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University), Larry  Lessard (McGill University), Jihua  Chen (National Research Council Canada), Ali  

Yousefpour (National Research Council Canada) 
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BIO & GREEN - POSTER 

CHARACTERIZATION AND TREATMENT OF WATER HYACINTH FIBERS FOR NFRP 

COMPOSITES 

Terence Palad Tumolva 

MEAN AND VARIATION BASED FUZZY CHARACTERIZATION OF YOUNG’S MODULUS 

OF A FLAX/EPOXY BIOCOMPOSITE MATERIAL 

Reza Soufian Khakestar, Lotfi  Toubal, Luc  Laperriere, Kossi Fabrice Sodoke 

INFLUENCE OF FABRICATION CONDITIONS ON PROPERTIES OF PLA/PBAT WOOD 

COMPOSITE STRAND 

Nattakarn  Hongsriphan 

PREPERATION AND CHARACTERIZATION OF GREEN COMPOSITE USING LACTIC ACID 

MODIFIED LIGNIN 

Sung hoon  Kim, Jongshin  Park 

CHARACTERISATION OF THE MECHANICAL AND THERMAL DEGRADATION 

BEHAVIOUR OF NATURAL FIBRES FOR LIGHTWEIGHT AUTOMOTIVE APPLICATIONS 

José luis  Rudeiros-fernández, James  Thomason, John  Liggat, Maria  Soliman 

SILK HYDROGEL COMPOSITE SCAFFOLD CONTAINING HYDROXYAPATITE 

NANOCRYSTAL 

Kim  Hyung hwan, Kang  Min ji, Park  A reum, Kim  Shin hwan, Park  Young hwan 

POLYLACTIC ACID/HALLOYSITE NANOCOMPOSITES FILMS BY SOLVENT CASTING 

METHOD 

Rangika Thilan De silva, Pooria  Pasbakhsh 

PHOSPHORUS-CONTAINING FLAME RETARDANT COMPOISITES WITH RAMIE FIBER 

AND POLY(LACTIC ACID)(PLA) 

Tao  Yu, Yan  Li 

APPLICATION OF FURAN RESIN TO GREEN COMPOSITES AND THE EFFECT OF PEROXIDE 

ON FURAN RESIN CURING 

Hiroha  Tanaka, Masatoshi  Kubouchi, Saiko  Aoki, Terence Palad Tumolva 

TENSILE PROPERTIES OF BAMBOO,JUTE AND KENAF MAT-REINFORCED COMPOSITES 

Zhilan  Xu, Jungang  Li, Mengyuan  Liao, Yuqiu  Yang, Hiroyuki  Hamada 

IMPACT MODIFICATION OF WASTE PLASTIC/WOOD FLOUR COMPOSITES VIA 

STRUCTURAL MODIFICATION 

Adel  Ramezani kakroodi, Yasamin  Kazemi, Denis  Rodrigue 
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NEW FLAX/EPOXY AND CF/EPOXY COMPOSITE MATERIALS FOR BONE FRACTURE 

PLATE APPLICATIONS: A BIOLOGICAL AND WETTABILITY STUDY 

Zahra Shaghayegh Bagheri, Ihab  El-sawi, Asma  Amleh, Emil H. Schemitsch, Rad  Zdero, Habiba  

Bougherara 

CFRP RECYCLING USING DEPOLYMERIZATION OF ACID ANHYDRIDE CURED EPOXY 

RESIN 

Katsuji  Shibata, Mitsuru  Sasaki 

PROCESSING AND PROPERTIES OF NATURAL FIBERS REINFORCED THERMOPLASTIC 

AND THERMOSSETING COMPOSITES 

Joao Francisco Silva, Joao Pedro Nunes, Ana Catarina Duro, Bruno Francisco Castro 

A STUDY ON THE MECHANICAL PROPERTY OF GLASS/JUTE INTER-LAMINATE HYBRID 

FABRIC COMPOSITE 

Shunyu  Tang, Zhiyuan  Zhang, Masayuki  Kitamura, Yuqiu  Yang, Hiroyuki  Hamada 

FIBRE CHARACTERISATION OF STEAM THERMAL PROCESS RECYCLED CARBON 

FIBRE/EPOXY COMPOSITES 

Maxime  Boulanghien 

INFLUENCE OF POLYURETHANE SURFACE TREATMENT ON BASALT REINFORCED 

THERMOSETTING EPOXY RESIN MATRIX COMPOSITES: MECHANICAL AND THERMAL 

PROPERTIES 

Yang  Jiahui, Mengyuan  Liao, Zhenjin  Cui, Hiroyuki  Hamada, Yuqiu  Yang 

THE RELIABILITY ANALYSIS OF THE METHYL METHACRYLATE HARDENED HYBRID 

POPLAR WOOD 

Weidan  Ding, Dexiang  Wu, Ahmed  Koubaa, Abdelkader  Chaala, Cuicui  Luo 

RECYCLING OF AUTOMOTIVE SHEET METAL-FIBRE REINFORCED PLASTIC-HYBRID 

STRUCTURES 

Bernd  Siewers, Christian  Lauter, Joerg  Niewel, Thomas  Troester 

STUDY ON PROPERTIES OF COMPOSITES REINFORCED BY HEAT-TREATED GLASS 

FIBRES SIMULATING THERMAL RECYCLING CONDITIONS 

Ulf  Nagel, Chih-chuan  Kao, James  Thomason 

ESTIMATION OF MECHANICAL PROPERTIES FOR FIBER REINORCED COMPOSITES WITH 

WASTE FABRIC AND POLYPROPYLENE FIBER 

Yuki  Murakami, Tetsusei  Kurashiki, Daiki  Tanabe 
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EFFECT OF PLASMA SURFACE TREATMENT OF RECYCLED CARBON FIBER ON THE 

MECHANICAL PROPERTIES OF RECYCLED CFRP 

Hooseok  Lee, Yukio  Ozaki, Masachika  Yamane, Jun  Takahashi, Isamu  Oshawa 

FLAX FILLED THERMOPLASTIC BIOCOMPOSITE DEVELOPMENT FOR AUTOMOTIVE 

APPLICATIONS 

Stephen  Meatherall, Frank  Wheeler 

BACTERIAL CELLULOSE-SYNTHETIC POLYMER COMPOSITES FOR BONE TISSUE 

ENGINEERING 

Catalin  Zaharia, Paul Octavian Stanescu, Izabela Cristina Stancu, Bianca  Galateanu, Eugeniu  Vasile 

LIGNIN FIBERS FOR PRODUCTION OF GREEN NANOCOMPOSITES 

Vida  Poursorkhabi, Manjusri  Misra, Amar K Mohanty 

BLENDING OF POLY(LACTIC ACID) AND ACRYLONITRILE BUTADIENE STYRENE FOR 

USE AS BIO-COMPOSITE MATRIX 

Ryan  Vadori, Amar K Mohanty, Manjusri  Misra 

POLY(3HYDROXYBUTYRATE-CO-3HYDROXYVALERATE) / CLAY NANOCOMPOSITES 

FOR PACKAGING APPLICATIONS 

Birgit  Bittmann, Rebeca  Bouza, Luis  Barral 

MECHANICAL PROPERTIES OF NATURAL FIBERS REINFORCED POLY(LACTIC ACID) 

BASED COMPOSITES 

Putinun  Uawongsuwan, Narongchai  O-charoen, Hiroyuki  Hamada 

COMPATIBILIZATION OF POLYLACTIDE-BASED FLAX FIBER BIOCOMPOSITES 

Andrea  Arias, Marie-claude  Heuzey, Michel A. Huneault, Cristina  Kawano 

CASTOR OIL BASED BIO-URETHANE NANOCOMPOSITES 

Ji hoon  Yu, Jae hong  Go, Jin-san  Yoon, In kyung   kim, Kyurin  Kim, Eun-ju  Lee, Eun-soo  Park 

PLASTICIZATION OF CO-PRODUCTS FROM BIOETHANOL INDUSTRIES: POTENTIAL 

USES IN BIOCOMPOSITES 

Rajendran  Muthuraj, Manjusri  Misra, Amar K Mohanty 

USING FACTORIAL STATISTICAL METHOD FOR OPTIMIZING CO-INJECTED BIOCHAR 

COMPOSITES 

Matthew J. Zaverl, Amar K Mohanty, Manjusri  Misra 

A FACTORIAL DESIGN OF DISTILLERS' GRAINS BASED BIOCOMPOSITES: A PATH TO 

SUSTAINABILITY OF CORN ETHANOL 

Nima  Zarrinbakhsh, Fantahun M Defersha, Amar K Mohanty, Manjusri  Misra 



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

RECYCLING OF MARKET CFRP/CFRTP WASTE FOR MASS PRODUCTION APPLICATION 

H.  Wei, T.  Akiyama, H. Lee, M.  Yamane, J.  Takahashi, I.  Ohsawa, T.  Murakami, K.  Kawabe  
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BIOCOMPOSITES 

CYTIDINE FUNCTIONALIZATION PROMOTES SYNERGISTIC MECHANICAL PROPERTIES 

IN NACRE-MIMETIC NANOCOMPOSITES 

Lahja  Martikainen (Aalto University), Andreas  Walther (Aachen University), Olli  Ikkala (Aalto University) 

APPLICATION OF BIOMECHANICAL PRINCIPLES FOR DESIGN OF COMPOSITE 

STRUCTURES 

Andrey  Malakhov (Institute of Machines Science), Alexander  Polilov (Institute of Machines Science) 

FAST AND SCALABLE SELF-ASSEMBLY APPROACHES TO BIOINSPIRED NANOCOMPOSITE 

FILMS AND COATINGS 

Andreas  Walther (Aachen University) 

ENGINEERING AND MODELING OF TENSILE STRENGTH OF PAPER-THERMOSET 

COMPOSITES 

Henri  Kroeling, Sabrina  Mehlhase, Samuel  Schabel  (Technische Universitat Darmstadt), Narmin  Nubbo, 

Johanna  Fleckenstein (Fraunhofer Institute for Structural Durability & System Reliability LBF), Angelika  

Endres, Frank  Miletzky (PTS Fibre based solutions, Munich) 

COLLOIDAL INONIC SELF-ASSEMBLY BETWEEN ANIONIC NATIVE CELLULOSE 

NANOFIBRILS AND CATIONIC BLOCK COPOLYMER MICELLES INTO BIOMIMETIC 

NANOCOMPOSITES 

Miao  Wang. Anna  Olszewska, Janne  Ruokolainen, Janne  Laine, Monika  Österberg, Olli  Ikkala (Aalto 

U.), Andreas  Walther (Aachen U.), Jani-markus  Malho, Felix h.  Schacher (Friedrich-Schiller U. Jena), 

Mikael  Ankerfors, Lars A. Berglund (Royal lnst. of Tech.) 

BIO-INSPIRED NACRE-LIKE COMPOSITES VIA SIMPLE, FAST, AND VERSATILE 

TECHNIQUES SUCH AS DOCTOR-BLADING 

Seyed mohammad  Mirkhalaf valashani (McGill University), Francois  Barthelat (McGill University) 

STRUCTURAL QUALITY BIOCOMPOSITES OF TREATED FLAX FIBER WITH EPOXIDIZED 

SUCROSE SOYATE RESIN 

Christopher  Taylor (North Dakota State University), Taylor  Krosbakken (North Dakota State University), 

Chad A Ulven (North Dakota State University), Adlina   paramarta (North Dakota State University), Dean  

Webster (North Dakota State University) 

UTILIZATION OF FLAX FIBERS AND GLASS FIBERS IN A BIO-BASED RESIN 

Nassibeh  Hosseini (North Dakota State University), Chad A Ulven (North Dakota State University), Dean  

Webster (North Dakota State University) 

THERMAL PROPERTIES AND STABILITY OF PET-HEMP FIBERS COMPOSITES 

Aimé sylvain Fotso Talla (University of Quebec at Chicoutimi), Francois  Godard (University of Quebec 

Abitibi-Temiscamingue), Fouad  Erchiqui (University of Quebec at Chicoutimi) 
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CURE AND THERMO-MECHANICAL CHARACTERISTICS OF BIO-BASED POLYESTER 

COMPOSITES USING HYDROPEROXIDE INITIATORS 

Eldon  Triggs (Tuskegee University), Michael  Wells (), Mahesh  Hosur (Tuskegee University), Alfred  

Tcherbi-narteh (Tuskegee University), Shaik  Jeelani (Tuskegee University) 

EFFECT OF FIBRE TREATMENTS ON WATER ABSORPTION AND TENSILE PROPERTIES OF 

FLAX/TANNIN COMPOSITES 

James  Njuguna (Cranfield University), Jinchun  Zhu (Cranfield University) 
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BIO-INSPIRED COMPOSITES 

DESIGN OF THE FIBER-WINDING LIGHTWEIGHT STRUCTURE INSPIRED BY BEETLE 

ELYTRA AND ITS MECHANICAL PROPERTIES 

Ce  Guo (Nanjing University of Aeronautics and Astronautics), Yi  Zhou (Nanjing University of Aeronautics 

and Astronautics), Dong  Li (Nanjing University of Aeronautics and Astronautics) 

MULTIFUNCTIONAL COMPOSITE SANDWICH STRUCTURES UTILIZING EMBEDDED 

MICROVASCULAR NETWORKS 

Christopher  Hansen (University of Massachusetts at Lowell), Jordan  Tye (University of Massachusetts at 

Lowell) 

BIOINSPIRED HIERARCHICAL FUNCTIONAL MATERIALS TEMPLATED FROM NATURAL 

STRUCTURES 

Di  Zhang, Wang  Zhang, Jiajun  Gu, Shenmin  Zhu, Huilan  Su, Qinglei  Liu, Tongxiang  Fan, Chuangliang  

Feng (Shanghai Jiao Tong University) 

PUMPING POTENTIAL OF A LEFT-VENTRICAL-LIKE FLEXIBLE-MATRIX-COMPOSITE 

STRUCTURE 

Hany A Ghoneim (Rochester Institute of Technology) 
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BIOMEDICAL COMPOSITES 

BIOMECHANICAL PROPERTIES OF RESORBABLE COMPOSITE BONE FRACTURE REPAIR 

PLATES 

Ifty  Ahmed (University of Nottingham) 

IN VIVO TESTING OF A PHOSPHATE GLASS FIBRE / PLA COMPOSITE USING A RABBIT 

TIBIA MODEL 

Andrew James Parsons (University of Nottingham) 

A TEXTILE-BASED VIABLE COMPOSITE STENT FOR VASCULAR APPLICATION 

Valentine  Gesche (Aachen University) 

LOCK-IN THERMOGRAPHIC INSPECTION OF A HOLE DEFECT IN DENTAL COMPOSITE 

RESTORATION 

Ja-uk  Gu (Hanyang University), Nak-sam  Choi (Hanyang University) 

 

 

 

 

 

 

 

 

  



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

BISTABLE LAMINATES 

TIME AND TEMPERATURE DEPENDENCE ON THE SNAP-THROUGH BEHAVIOUR OF 

ADAPTIVE BISTABLE COMPOSITES 

Christian  Kirvel (Technische Universitat Dresden), Maik  Gude (Technische Universitat Dresden), Werner 

A. Hufenbach (Technische Universitat Dresden) 

A DESIGN STRATEGY FOR BI-STABLE UNSYMMETRIC COMPOSITE LAMINATES 

INDUCED BY VIBRATION 

Atsuhiko  Senba (Nagoya University), Tadashige  Ikeda (Nagoya University) 

MORPHING OF BISTABLE COMPOSITE LAMINATES 

Samer  Tawfik (Georgia Institute of Technology), Erian  Armanios (University of Texas at Arlington), 

Stefan  Dancila (University of Texas at Arlington) 

AUTHORITY OPTIMISATION FOR RESONANT MORPHING CONTROL OF BI-STABLE 

WING-SHAPED COMPOSITES 

Andres Felipe Arrieta diaz (Swiss Federal Institute of Technology, Zurich), Onur  Bilgen (Old Dominion 

University), Michael I Friswell (Swansea University), Paolo  Ermanni (Swiss Federal Institute of Technology, 

Zurich) 
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BONDED JOINTS 

IMPROVEMENT IN THE ADHESIVE PROPERTY OF CHEMICALLY STABLE POLYMERIC 

MATERIALS AND FRP 

Hitoshi  Kanazawa (Fukushima University) 

ADHESIVE BONDING CHARACTERISATION OF COMPOSITE JOINTS 

King Jye Wong (Universite de Bourgogne), Xiaojing  Gong (Universite de Bourgogne), Shahram  

Aivazzadeh (Universite de Bourgogne), Mohd N Tamin (Universiti Teknologi Malaysia) 

INVESTIGATION ON THE FAILURE MECHANISMS OF COMPOSITE FASTENERS WITH 

COUNTERSUNK HEAD IN QUASISTATIC AND FATIGUE LOADING 

Martin  Schuett (Technische Universitat Hamburg-Harburg), Hans  Wittich (Technische Universitat 

Hamburg-Harburg), Clémence  Vernier (Bishop GmbH), Frank  Nussbaeumer (Bishop GmbH), Karl  

Schulte (Technische Universitat Hamburg-Harburg) 

GLOBAL AND LOCAL INFLUENCE OF STACKING SEQUENCE ON THE STRENGTH OF 

ADHESIVELY BONDED JOINTS OF CFRP LAMINATES 

Jerome  Rousseau (Universite de Bourgogne), Purimpat  Satthumnuwong (University of Phayao) 

LASER THROUGH-TRANSMISSION WELDING OF WHITE-PIGMENTED GLASS-PEI TO 

CARBON-PEI 

Dustin Louis Dequine (Fiberforge Corporation) 

NUMERICAL AND EXPERIMENTAL INVESTIGATION OF COMPOSITE BOLTED JOINTS 

REPAIRED WITH INSERTS 

Evangelos Ioannis Avgoulas (Imperial College of Science), Sergio  Tejada (Imperial College of Science), 

Cesare  Stocchi (Imperial College of Science), Paul  Robinson (Imperial College of Science), Silvestre T 

Pinho (Imperial College of Science) 

PROPOSAL OF A COHESIVE ZONE MODEL SUITABLE FOR THE STUDY OF BONDED 

JOINTS 

Azalia  Moradi (ONERA), Cedric  Huchette (ONERA), Thomas  Vandellos (ONERA), Dominique  

Leguillon (Centre National de la recherche scientifique CNRS) 

A COMPUTATIONAL TOOL FOR THE ANAYSIS AND DESIGN OF STRUCTURAL ADHESIVE 

JOINTS 

Konstantinos N. Anyfantis (Technical University of Denmark) 

INFLUENCE OF IMPACT AND STRAIN RATE ON THE RESPONSE OF ADHESIVELY BONDED 

SINGLE LAP JOINTS 

Babak  Soltannia (Dalhousie University), Babak  Ahmadi moghadam (Dalhousie University), Farid  Taheri 

(Dalhousie University) 
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ADHESIVE BOND TESTING BETWEEN COMPOSITE LAMINATES BY LASER SHOCKWAVE 

LOADING 

Jean-pierre  Monchalin (National Research Council Canada) 

DESIGN AND VALIDATION OF THE PRIMARY STRUCTURE AND BONDED JOINTS FOR 

THE NEXT GENERATION LARGE CANADARM TESTBED 

Peter P. Krimbalis (MDA Corporation), Drazen  Djokic (National Research Council Canada), Gavin Scott 

Hay (MDA Corporation), Rick  Cole (National Research Council Canada) 
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CARBON MATRIX & BRAIDED COMPOSITES 

STRENGTH ANALYSIS OF 3D AXIAL BRAIDED COMPOSITES 

Guodong  Fang (Harbin Institute of Technology) 

THROUGH-THICKNESS COMPRESSION BEHAVIOR OF A 2,5D CARBON/CARBON 

COMPOSITE 

Marie  Poitrimolt (Institut Clément Ader), Mohammed  Cheikh (Universite de Toulouse-le-Mirail 

(Toulouse II)), Gérard  Bernhart (Institut Clément Ader) 

EFFECTS OF CURE PRESSURE ON VOID CONTENT AND ULTRASONIC ATTENUATION 

COEFFICIENT OF CARBON FIBRE REINFORCED COMPOSITE 

Yalin  Yu (Beihang University) 

THERMAL ANALYSIS AND MICROSTRUCTURE OF FURFURAL ACETONE RESIN-DERIVED 

CARBON 

Zhengwei  Zhou (Shanghai University), Aijun  Li (Shanghai University), Ruicheng  Bai (Shanghai University), 

Jinliang  Sun (Shanghai University), Musu  Ren (Shanghai University), Hong  Li (Shanghai University) 
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CARBON NANOCOMPOSITES 

DEVELOPMENT OF SWCNT/AL2O3 COMPOSITES FOR BALLISTIC APPLICATIONS 

Shuqiong  Lin (NRC), Benoit  Simard (NRC), Dave  Morphy (NRC), Mariusz  Bielawski (NRC), Peter  Au 

(NRC), Jason  Lo (CANMET, NRC), Manon  Bolduc (Gov. of Canada), Jingwen  Guan (NRC) 

MANUFACTURING OF COMPOSITE LAMINATES WITH PERFORATED CARBON 

NANOTUBE FOREST CORE 

Sei jin  Park (University of Michigan - Ann Arbor), Sameh H. Tawfick (Massachusetts Institute of 

Technology), Anna Christine Brieland-shoultz (University of Michigan - Ann Arbor), A. john  Hart 

(University of Michigan - Ann Arbor) 

ELECTRICAL RESPONSE OF GRAPHENE REINFORCED COMPOSITES UNDER STATIC AND 

DYNAMIC LOADING 

Nicholas  Heeder, Arijit  Bose, Arun  Shukla, Indrani  Chakraborty (U. of Rhode Island), Fei  Guo, Michael  

Godfrin, Robert   Hurt, Anubhav  Tripathi (Brown U.) 

ELECTRICALLY CONDUCITVE ADHESIVES FOR CFRP COMPOSITES BASED ON NICKEL 

NANOSTRANDS AND CARBON NANOTUBES 

Iosif Daniel Rosca (Concordia University), Suong  Hoa (Concordia University) 

MECHANICAL PROPERTIES OF MULTI-WALLED CARBON NANOTUBE BUCKYPAPER BY 

POLYVINYLPYRROLIDONE ADHESIVES 

Qianli  Liu, Min  Li, Jing  Guo, Yizhuo  Gu (Beihang University), Yanxia  Li, Zuoguang  Zhang (Beijing 

University of Aeronautics and Astronautics) 

ENHANCED CARBON NANOTUBE FIBER AND FILM BY A HIGH TOUGHNESS EPOXY 

Yanan  Liu, Yizhuo  Gu, Min  Li (Beihang University), Kun  Wang, Zuoguang  Zhang (Beijing U. 

Aeronautics and Astronautics), Dongmei  Hu, Qingwen  Li (Chinese Academy of Sciences) 

INTERFACIAL STRESS TRANSFER IN GRAPHENE OXIDE NANOCOMPOSITES 

Zheling  Li (University of Manchester), Robert  Young (University of Manchester), Ian A. Kinloch 

(University of Manchester) 

STUDY ON MECHANICAL PROPERTIES OF MODIFIED GRAPHENE/EPOXY 

NANOCOMPOSITES 

Muchun  Liu (Beihang University), Meihong  Ge (Beijing Oriental Hanson Curtain Wall Technology Co. 

Ltd.), Song  Yang (Beijing UFT Conference&Exhibition Co. Ltd) 

FABRICATION AND MECHANICAL PROPERTIES OF CARBON NANOTUBE COMPOSITE 

MICROTRUSSES 

Sei jin  Park, Anna Christine Brieland-shoultz,  A. john  Hart (University of Michigan - Ann Arbor), 

Matthew R. Maschmann, Jeffery W. Baur (Air Force Research Laboratory), Sameh H. Tawfick 

(Massachusetts Institute of Technology), Michael  De volder 
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THE STUDY OF METHYL METHACRYLATE HARDENED HYBRID POPLAR WOOD 

Weidan  Ding (University of Quebec Abitibi-Temiscamingue), Ahmed  Koubaa (University of Quebec 

Abitibi-Temiscamingue), Abdelkader  Chaala 

INTERLAMINAR SHEAR STRENGTH OF C-SIC BASED COMPOSITES REINFORCED WITH 

HEAT TREATED C FIBERS 

Jixiang  Dai (Dalian University of Technology), Zhiqiang  Wei (Dalian University of Technology), Jian  Li 

(Dalian University of Technology), Zhaofu  Zhang (Dalian University of Technology), Jianjun  Sha (Dalian 

University of Technology) 

REAGGLOMERATION OF CARBON NANOTUBES DURING PROCESSING OF EPOXY 

NANOCOMPOSITES 

Mostafa  Yourdkhani (McGill University), Pascal  Hubert (McGill University) 

CONDUCTIVITY ENHANCEMENT FOR CARBON NANOTUNES WITH SILVER 

DECORATION 

Warintorn  Thitsartarn (Institute of Materials Research and Engineering) 

EFFECT OF CARBON NANOTUBE DEFORMATION ON ELECTRICAL CONDUCTIVITY OF 

POLYMER COMPOSITES 

Shen  Gong (York University), George Zhenghong Zhu (York University), Emile  Haddad (MPB 

Communications Inc) 

HIGH OPTOELECTRONIC PERFORMANCE OF LAYER-BY-LAYER ASSEMBLED CARBON 

NANOTUBE THIN FILMS 

Yong Tae  Park (University of Minnesota - Twin Cities Campus), Jaime C Grunlan (Texas A&M University) 

ELECTRICAL CONDUCTIVITY OF HYBRID/PATTERNED NANOCOMPOSITES FILMS 

Rouhollah Dermanaki Farahani (Ecole Polytechnique de Montreal), Daniel  Therriault (Ecole Polytechnique 

de Montreal) 
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CARBON, NANOTUBES & GRAPHENES 

HIERARCHICHAL COMPOSITES WITH PRESERVED CARBON FIBER STRENGTHS 

Richard  Li (Massachusetts Institute of Technology), Peter  Florin (Massachusetts Institute of Technology), 

Stephen Alan Steiner (Massachusetts Institute of Technology), Brian  Wardle (Massachusetts Institute of 

Technology) 

MECHANICAL PROPERTY OF CARBON NANOTUBE YARN REINFORCED EPOXY 

Yoshinobu  Shimamura (Shizuoka University), Kahori  Oshima (Shizuoka University), Keiichiro  Tohgo 

(Shizuoka University), Tomoyuki  Fujii (Shizuoka University), Yoku  Inoue (Shizuoka University) 

ROLL-TO-ROLL MANUFACTURING OF CARBON NANOTUBE FORESTS ON METAL FOILS 

Erik Shaun Polsen (University of Michigan - Ann Arbor), A. john  Hart (University of Michigan - Ann 

Arbor) 

SCALABLE PRODUCTION OF EPOXY BASED NANOCOMPOSITES AND HIERARCHICAL 

COMPOSITES WITH VERY HIGH CNT LOADINGS 

Tomi  Herceg, Mohd shukur  Zainol abidin, Emile Smith Greenhalgh, Alexander  Bismarck,  Milo S p 

Shaffer (Imperial College of Science), Clara  Delfour (Institut Catholique d'Arts et Metiers Lille) 

 

  



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

CERAMIC MATRIX COMPOSITES 

DURABILITY OF CARBON/CERAMIC COMPOSITES SUBJECTED TO ELECTRICAL LOAD 

Teresa  Gumula (AGH University of Science and Technology), Felix L. Martinez (Universidad Politecnica 

de Cartagena) 

DMA AS A METHOD OF MEASURING TOUGHNESS IN INORGANIC POLYMER MATRIX 

COMPOSITES 

Donald W Radford (Colorado State University) 

DAMAGE CHARACTERIZATION OF A 3D WOVEN SIC/SIC CMC MATERIALS UNDER 

LOADING 

Edith Justine Grippon (Institut de Mecanique et d'Ingenierie de Bordeaux), Stéphane  Baste (Universite 

Bordeaux I), Eric  Martin (Universite Bordeaux I), Christophe  Aristégui (Universite Bordeaux I), 

Guillaume  Couégnat (Universite Bordeaux I) 

ORDERING NANOSTRUCTURE AND PROPERTIES OF AL2O3/ZRO2 EUTECTIC CERAMIC 

COMPOSITE PREPARED BY COMBUSTION SYNTHESIS UNDER LOW PRESSURE 

Yongting  Zheng (Harbin Institute of Technology) 

MECHANISM OF CRACK PROPAGATION/DEFLECTION AT FIBER MATRIX INTERFACE IN 

CERAMICS MATRIX CONTINUOUS FIBER REINFORCED COMPOSITES 

Michael  Braginsky (University of Dayton), Craig P Przybyla (AFRL/RXCC) 

3YTZP-NANOALUMINA-NANODIAMOND COMPOSITES WITH GEMOLOGICAL 

PROPERTIES 

Luis Antonio Díaz (CINN-CSIC) 

A MESO-SCALE NUMERICAL APPROACH FOR DAMAGE AND FAILURE IN SHORT FIBRE 

REINFORCED CERAMICS 

Alessandro  Airoldi, Paolo  Iavarone, Luca  Di landro, Gabriele  Imbalzano (Polytechnic Institute of Milan), 

Marco  Orlandi (Brembo SGL Carbo Ceramic Brakes), Massimiliano  Valle (Petroceramics spa) 

STABILITY OF T-ZRO2 PARTICLES IN ALUMINA-ZIRCONIA COMPOSITES: PART. 1 

COMPETITION BETWEEN SIZE AND STRAIN EFFECT 

Camille  Rabache (Ecole Centrale de Paris), Guillaume  Bouchet (), Guillaume  De calan (), Jean-michel  

Kiat (Ecole Centrale de Paris), Nicolas  Guiblin (Ecole Centrale de Paris), Florence  Porcher 

SYNTHESIS OF CMC MATRIX BY NITRIDATION OF TISI2 

Jerome  Roger (Universite Bordeaux I), Laurence  Maillé (Universite Bordeaux I), Marie-anne  Dourges 

(Universite Bordeaux I) 

 

 



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

INFLUENCE OF THE DIAMOND-CERAMIC COMPOSITE THERMAL CONDUCTIVITY ON 

CUTTING PROPERTIES 

Lucyna Renata Jaworska, Piotr  Klimczyk, Marcin Henryk Rozmus (Institute of Advanced Manufacturing 

Technology), Wojciech  Zebala (Cracow University of Technology), Pawel  Rutkowski (AGH University of 

Science and Technology) 

FRACTURE TOUGHNESS BEHAVIOR OF ALUMINA MATRIX COMPOSITES AT ELEVATED 

TEMPERATURE. 

Magdalena  Szutkowska (Institute of Advanced Manufacturing Technology), Barbara  Smuk (Institute of 

Advanced Manufacturing Technology), Marek  Boniecki (Institute of Electronic Materials Technology) 
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CHARACTERIZATION 

CORRELATIONS OF MECHANICAL AND IONIC CONDUCTION PROPERTIES WITH 

BICONTINUOUS MORPHOLOGIES OF STRUCTURAL ELECTROLYTES 

N.  Shirshova, A. Bismarck, E. Smith Greenhalgh,  M. S p Shaffer, J. Hg Steinke (Imp. Col. of Sci.), S.  

Carreyette (Cytec), P. Johansson, M.  Marczewski, P.  Jacobsson (Chalmers U. Tech.), G.  Kalinka, M.  

Wienrich (BAM Fed. Inst. for Mat. Res.& Testing) 

PREDICTION OF ATTENUATED GUIDED WAVES PROPAGATION IN CARBON FIBER 

COMPOSITES 

Matthieu  Gresil (University of South Carolina), Victor  Giurgiutiu (University of South Carolina - 

Columbia) 

FOREIGN OBJECT INDUCED FIBER UNDULATION INFLUENCE ON MECHANICAL 

PROPERTIES OF COMPOSITE LAMINATE 

Henrik  Herranen (Tallinn University of Technology), Alar  Kuusik (Tallinn University of Technology), 

Henri  Lend (Tallinn University of Technology), Steffen  Czichon (Elan-Ausy GmbH), Jaan  Kers (Tallinn 

University of Technology), Marko  Piirlaid (Tallinn University of Technology) 

STRAIN-SOFTENING RESPONSE OF LAMINATED COMPOSITES UNDER COMPRESSION 

Navid  Zobeiry (University of British Columbia), Reza  Vaziri (University of British Columbia), Anoush  

Poursartip (University of British Columbia) 

INFLUENCE OF TEMPERATURE ON PHASE TRANSITIONS IN GLASS FIBER REINFORCED 

EPOXIES FOR ELECTRICAL SLOT INSULATION 

Rudi  Velthuis (ABB Schweiz AG - Corporate Research), Anastasia  Peitz (ABB Schweiz AG - Corporate 

Research) 

IMPROVEMENT OF IMPREGNATION AND MECHANICAL PROPERTIES OF CFRTP 

COMPOSITES BY MICRO-BRAIDED YARNS 

Patcharat  Wongsriraksa (Kanazawa Institute of Technology), Asami  Nakai (Gifu University), Kiyoshi  

Uzawa (Kanazawa Institute of Technology), Isao  Kimpara (Kanazawa Institute of Technology) 

STUDY ON DYNAMIC RESPONSE OF FRP FLOAT FOR LIGHT SEAPLANE 

Kazuki  Wakizaka (Nihon University), Yoshio  Aoki (Nihon University), Akihisa  Tabata (Nihon University), 

Goich  Ben (Nihon University) 

STUDY AND SIMULATION OF THERMAL CONDUCTIVITY OF ORGANIC MATRIX 

COMPOSITES 

Bénédicte  Reine (Institut Clément Ader), Jeremy  Di tomaso (), Gilles  Dusserre (Institut Clément Ader), 

Philippe A Olivier (Institut Clément Ader) 
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THERMAL CONDUCTIVITY MEASUREMENT OF GFRP AT CRYOGENIC TEMPERATURE 

Kazuki  Hayakawa (Tokyo Institute of Technology), Takayoshi  Inoue (Tokyo Institute of Technology), Yuji  

Suzuki (Tokyo Institute of Technology) 

IMPROVED THERMAL PROPERTIES WITH HYBRIDIZATION OF THE FILLERS FOR 

THERMOPLASTIC MATERIALS 

Jozsef Gabor Kovacs (Budapest University of Technology and Economics), Andras  Suplicz (Budapest 

University of Technology and Economics) 

EFFECTIVE PROPERTIES FOR FIBER COMPOSITES WITH RHOMBIC PATTERN AND 

IMPERFECT INTERFACE 

Harald  Berger (Otto-von-Guericke Universitat Magdeburg) 

CONDUCTIVITY AND DIELECTRIC RESPONSE OF CARBON-BASED COMPOSITES IN A 

BROAD FREQUENCY RANGE 

Dmitry  Nuzhnyy (Academy of Sciences) 

CORRELATION OF TRANSDUCER FREQUENCY AND SIGNAL/NOISE RATIO OF THIN 

WALLED FILAMENT WOUND CFRP-TUBES INSPECTED BY ULTRASONICS 

Jens  Schuster (Fachhochschule Kaiserslautern) 

3D DIC MEASUREMENT OF TUBULAR BRAIDED COMPOSITES 

Garrett W Melenka (University of Alberta), David S Nobes (University of Alberta), Jason P Carey 

(University of Alberta) 

THERMAL STRESSES IN FIBER REINFORCED COMPOSITES 

George Zhenghong Zhu (York University), Shen  Gong (York University) 
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CMC AND MMC - POSTER 

EFECTS OF SHORT CARBON FIBERS APPLICATION 

Anita  Olszowka-myalska, Jerzy  Myalski 

GLASSY CARBON PARTICLES AS A COMPONENT 

Anita  Olszowka-myalska, Jerzy  Myalski 

FABRICATION OF ALUMINIUM COMPOSITES REINFORCED WITH POWDERS AND 
CERAMIC PREFORMS BY A CENTRIFUGAL PROCESS
Anna Janina Dolata, Maciej  Dyzia 

MOULD CASTING OF ALUMINIUM MATRIX HETEROPHASE COMPOSITES 

Maciej  Dyzia, Anna Janina Dolata 

ELECTRICAL CONDUCTIVITY AND SPATIAL DISTRIBUTION OF PARTICLE DISPERSED 

COMPOSITES 

Kenjiro  Sugio, Narihiro  Kawano, Kota  Ishikawa, Moonhee  Lee, Gen  Sasaki 

LASER SURFACE TREATMENT OF AL-SIP COMPOSITES 

Lustolde Martínez Laorden, Pilar  Rodrigo, Belén  Torres, Joaquin  Rams 

LIFETIME PREDICTION OF SELF-HEALING CERAMIC MATRIX COMPOSITE STRUCTURES 

Myriam  Kaminski, Elen  Hemon, Jean-françois  Maire, Florent  Bouillon, Christian  Fagiano 

TRIBOLOGICAL BEHAVIOR OF A319-AL2O3 OR C PARTICULATE COMPOSITES 

FABRICATED BY STIR AND SQUEEZE CASTING METHODS 

Essam Ahmed Shalaby 

SIZE EFFECTS OF SIC PARTICLES ON MECHNICAL PROPERTIES OF CAST CARBON 

NANOFIBERS REINFORCED AZ91 MAGNESIUM COMPOSITES 

Sang kwan  Lee  
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COMPOSITES FOR BIOMEDICAL APPLICATIONS 

PREPARATION AND CHARACTERIZATION OF MWCNTS/PVA COMPOSITE HYDROGELS 

WITH HIGH MECHANICAL AND ELECTROCHEMICAL PROPERTY FOR BIOMEDICAL 

APPLICATION 

Yudong  Zheng, Kun  Qiao, Wei  Li, Lingling  Ren, Yanyi  Huang (Beijing University of Science and 

Technology) 

MICRO-PULLWINDING - AN AUTOMATED PRODUCTION TECHNOLOGY FOR MEDICAL 

DEVICES 

Christian  Brecher, Michael  Emonts, Alexander  Brack, Markus  Eckert (Fraunhofer Institute for 

Production Technology) 

NEW COMPOSITES BASED ON BACTERIAL CELLULOSE AND PHAS FOR TISSUE 

ENGINEERING APPLICATIONS 

Paul Octavian Stanescu, Catalin  Zaharia, Veronica  Fratila,, Eugeniu  Vasile (University Politehnica of 

Bucharest) Bianca  Galateanu (University of Bucharest) 

THERMO-MECHANICAL CHARACTERIZATION OF NANO-HYDROXYAPATITE AND 

CELLULOSE REINFORCED POLY(LACTIC ACID) COMPOSITES WITH PROSPECTIVE 

APPLICATIONS FOR BONE SUBSTITUTE MANUFACTURING 

Arman  Mahboubi soufiani, Masoud  Salehi, Mikael  Skrifvars (University College of Boras), Sung-woo  Cho 

(Royal lnstitute of Technology) 
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COMPOSITE IN CIVIL INFRASTRUCTURES 

COMPARISON BETWEEN TRC AND CFRP AS EXTERNAL REINFORCEMENT FOR PLAIN 

CONCRETE BEAMS 

Svetlana  Verbruggen (Vrije Universiteit Brussel), Jan  Wastiels (Vrije Universiteit Brussel), Tine  Tysmans 

(Vrije Universiteit Brussel), Silke  Puystiens (Vrije Universiteit Brussel) 

FINITE ELEMENT ANALYSIS ON GLASS FIBRE REINFORCED COMPOSITES WITH 

INORGANIC PHOSPHATE CEMENT MATRIX: COMPARISON OF INBUILT ABAQUS 

CONCRETE MODELS 

Maciej Mikolaj Wozniak (Vrije Universiteit Brussel), Tine  Tysmans (Vrije Universiteit Brussel), Johnny  

Vantomme (Vrije Universiteit Brussel) 

EFFECTS OF COMBINED ENVIRONMENTAL AGENTS ON PULTRUDED GFRP COMPOSITES 

FOR BUILDING CONSTRUCTIONS 

Valter  Carvelli (Polytechnic Institute of Milan), Guglielmo  Carra (Polytechnic Institute of Milan) 

EFFECT OF TRM ON THE FLEXURAL PERFORMANCE OF RC BEAMS 

Sassan  Rakhshani (University of British Columbia), Ahmad  Rteil (University of British Columbia), Mojtaba  

Komeili (University of British Columbia), Abbas  Milani (University of British Columbia) 

COMPRESSIVE BEHAVIOUR OF CONCRETE CYLINDER CONFINED BY NATURAL FIBER 

REINFORCED POLYMER SHEET 

Guijun  Xian (Harbin Institute of Technology) 

HYGROTHERMAL AGEING AND CREEP BEHAVIOR OF GLASS FIBER REINFORCED 

POLYMER COMPOSITES 

Guijun  Xian (Harbin Institute of Technology), Yang  Yuqiu (Donghua University, Shanghai), Hiroyuki  

Hamada (Kyoto Institute of Technology), Eisuke  Fukui (Fukui Fibertech Co.  Ltd.) 

PRESTRESS LOSS MONITORING OF NEAR-SURFACE MOUNTED CFRP STRIPS EMBEDDED 

IN CONCRETE BASED ON OFBG SENSORS 

Chuan  Wang (Harbin Institute of Technology), Lijuan  Cheng (University of California, Davis) 

DESIGN AND STRUCTURAL FEASIBILITY STUDY OF A LIGHTWEIGHT FLOOR SYSTEM 

FOR RENOVATION 

Sven  De sutter (Vrije Universiteit Brussel), Tine  Tysmans (Vrije Universiteit Brussel), Olivier  Remy 

(Vrije Universiteit Brussel) 

DURABILITY OF STEEL-CFRP ADHESIVE JOINTS UNDER SUSTAINED LOADING AND WET 

THERMAL-CYCLE 

Ankit  Agarwal (University of New South Wales), Tian Sing Ng (University of New South Wales), Ehab  

Hamed (University of New South Wales), Stephen J Foster (University of New South Wales)    
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COMPOSITES IN  

TURBINES, PIPES & VESSELS  

STRUCTURAL DESIGN AND VALIDATION OF A 10 KW WIND TURBINE BLADE 

Louis-charles  Forcier (École de technologie supérieure - Université du Québec), Jonathon  Sumner 

(Dawson College), Tommy  Gagnon (École de technologie supérieure - Université du Québec), Jean-

François  Charron (), Simon  Joncas (École de technologie supérieure - Université du Québec) 

CARBON FIBRE REINFORCED PVDF PIPE 

Siti rosminah  Shamsuddin (Imperial College of Science), John  Hodgkinson (Imperial College of Science), 

Leif Erik Asp (Swerea SICOMP), Runar  Langstrom (Swerea SICOMP), Alexander  Bismarck (Imperial 

College of Science) 

SIMULATIVE DESIGN OF OVERBRAIDED PRESSURE VESSEL FOR HYDROGEN STORAGE 

Michael  Lengersdorf (Rheinisch Westfalische Technische Hochschule Aachen), Thomas  Gries (Rheinisch 

Westfalische Technische Hochschule Aachen), Jörg Bernhard Multhoff (ISATEC GmbH), Markus  Linke 

(Fachhochschule Hamburg) 

A NOVEL INJECTION PROCESS FOR LONG FIBER COMPOSITES USING ROTATION 

Andreas  Altmann (Technische Universitat Munchen), Swen  Zaremba (Technische Universitat Munchen), 

Roland  Hinterhoelzl (Technische Universitat Munchen), Klaus  Drechsler (Technische Universitat 

Munchen) 
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COMPOSITE STRUCTURES 

PROGRESSIVE FAILURE ANALYSIS OF COMPOSITE LAMINATES INCLUDING STRAIN 

RATE EFFECT 

Jingfen  Chen (University of New South Wales), Evgeny V Morozov (University of New South Wales), 

Krishnakumar  Shankar (Australian Defence Force Academy) 

MODELING OF MULTIPLE DELAMINATIONS IN SHELLS USING XFEM 

Jim  Brouzoulis (Chalmers University of Technology), Martin  Fagerström (Chalmers University of 

Technology) 

MECHANICAL PROPERTIES OF COMPOSITE SANDWICH STRUCTURES WITH CORE OR 

FACE SHEET MODIFICATIONS 

Edith roland  Fotsing (Ecole Polytechnique de Montreal), Matthieu  Sola (Ecole Polytechnique de Montreal), 

Edu  Ruiz (Ecole Polytechnique), Annie  Ross (Ecole Polytechnique de Montreal) 

STRESS ANALYSIS OF A FILAMENT WOUND COMPOSITE FLYWHEEL DISK 

Md. Sayem Uddin (University of New South Wales), Evgeny V Morozov (University of New South Wales), 

Krishnakumar  Shankar (Australian Defence Force Academy) 

EVALUATING LAYERED FIBER COMPOSITE STRUCTURES ACCOUNTING FOR THE ONSET 

OF DELAMINATION 

Jaan Willem Simon (Rheinisch Westfalische Technische Hochschule Aachen), Bertram  Stier (Rheinisch 

Westfalische Technische Hochschule Aachen), Stefanie  Reese (Rheinisch Westfalische Technische 

Hochschule Aachen) 

BENDING TEST OF THERMOPLASTIC COMPOSITE CONE 

Farjad  Shadmehri (Concordia University), Suong  Hoa (Concordia University), Mehdi  Hojjati (Concordia 

University) 

FREE VIBRATION ANALYSIS OF LAMINATED COMPOSITE OPEN CYLINDRICAL SHELLS 

WITH ARBITRARY BOUNDARY CONDITIONS 

Tiangui  Ye (Harbin Engineering University), Guoyong  Jin (Harbin Engineering University), Yuehua  Chen 

(Harbin Engineering University), Hongda  Liu (Harbin Engineering University) 
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DEFORMATION 

FATIGUE LIFE ASSESSMENT OF INJECTION-MOLDED REINFORCED SHORT FIBRE 

THERMOPLASTICS: NOTCH EFFECTS 

Carole Nadot-martin, Sylvie Castagnet, Yves  Nadot (Institut Pprime CNRS ISAE-ENSMA), Andrea  

Bernasconi, Edoardo  Conrado (Polytechnic Institute of Milan) 

EXPERIMENTAL VERIFICATION OF SPRINGBACK PHENOMENON ANALYSIS BY FBG 

SENSORS AND IMAGE PROCESSING METHODS IN C/PPS COMPOSITE 

Zdenek Padovec, Hynek  Chlup, Milan  Dvorak, Milan   Ruzicka (Czech Technical University of Prague) 

CHARACTERISATION OF INELASTIC PROCESSES IN CF TEXTILE REINFORCEMENTS 

Magdalena Szpieg (Swerea SICOMP), Maciej  Wysocki (Swerea SICOMP) 

EXPERIMENTAL INVESTIGATION OF THE EXTENSION/TWIST COUPLING IN ROTATING 

COMPOSITE LAMINATES 

Damien  Reveillon (FEMTO-ST), Vincent  Placet (FEMTO-ST), Stani  Carbillet (FEMTO-ST), Emmanuel  

Foltete (FEMTO-ST), Patrick  Sandoz (Universite de Franche-Comte) 
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DETECTION & DAMAGE 

DIGITAL IMAGE CORRELATION APPLIED TO THERMAL EXPANSION OF COMPOSITES 

Camille  Flament (Ecole Centrale de Lyon), Michelle  Salvia (Ecole Centrale de Lyon), Bruno  Berthel 

(Ecole Centrale de Lyon), Gerard  Crosland 

IOSIPESCU TEST TO CHARACTERIZE MODE II DELAMINATION RESISTANCE OF FIBRE-

REINFORCED POLYMERS 

Ben  Jar (University of Alberta), Scott  Mckinney (University of Alberta) 

IDENTIFICATION OF FAILURE MECHANISMS IN THERMOPLASTIC COMPOSITES BY 

ACOUSTIC EMISSION MEASUREMENTS 

Markus Günter ronny Sause (University of Augsburg), Joachim  Scharringhausen, Siegfried  Horn 

(Universitat Augsburg) 

MICROMECHANISTIC ANALYSIS OF TOUGHENED CARBON FIBRE COMPOSITE 

LAMINATE FAILURE BY COMPUTED TOMOGRAPHY 

Gregor  Borstnar, Daniel J Bull, Mark N Mavrogordato, Ian  Sinclair, Simon M Spearing (University of 

Southampton) 

INTERLAMINAR CRACK DETECTION IN GRAPHENE NANOPLATELET/ CFRP 

COMPOSITES USING ELECTRIC RESISTANCE CHANGE 

Babak  Ahmadi moghadam (Dalhousie University), Babak  Soltannia (Dalhousie University), Farid  Taheri 

(Dalhousie University) 

QUANTITATIVE ASSESSMENT BARELY VISIBLE INDENTATION DAMAGE (BVID) ON 

CF/EP SANDWICH COMPOSITES USING GUIDED WAVE SIGNALS 

Lin  Ye (University of Sydney), Samir  Mustapha, Xingjian  Dong 

QUASI-STATIC INDENTATION AND COMPRESSION AFTER IMPACT DAMAGE GROWTH 

MONITORING USING MICROFOCUS X-RAY COMPUTED TOMOGRAPHY 

Daniel J Bull, Simon M Spearing, Ian  Sinclair (University of Southampton) 

 

 

  



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

DURABILITY AND AGING 

ENVIRONMENTAL DURABILITY OF KENAF FIBRE REINFORCED UNSATURATED 

POLYESTER COMPOSITE 

M.  Liao Toshihiko  HOJO, H.  Hamada (Kyoto Inst. Tech.), Y.  Yang, Z. Xu (Donghua U.), U. Semo 

Ishiaku (Ahmadu Bello U.), Z. arifin Mohd Ishak, G.  Xian (Harbin Inst. Tech.) 

EXPERIMENTAL INVESTIGATION OF PHYSICAL AGING EFFECT ON THE MECHANICAL 

PROPERTIES OFA CARBON/POLYIMIDE BRAIDED COMPOSITE 

Simon  Dulong (Ecole Polytechnique de Montreal), Martin  Lévesque (Ecole Polytechnique de Montreal), 

Chun  Li (National Research Council Canada), Aurelian  Vadean (Ecole Polytechnique de Montreal) 

LONG-TERM EXPOSURE OF POLYCYANATE COMPOSITES TO HIGH TEMPERATURE 

ATMOSPHERE 

Yoshiyuki  Kobayashi (Tokyo Metropolitan University), Satoshi  Kobayashi (Tokyo Metropolitan University) 

ANISOTROPIC ACID PENETRATION IN TRIANGULAR BAR REINFORCED EPOXY 

COMPOSITE 

Bryan Buning Pajarito (University of the Philippines Diliman), Masatoshi  Kubouchi (Tokyo Institute of 

Technology) 

PREPARATION AND CHARACTERISATION OF NANOPARTICLE-DOPED COMINGLED 

COMPOSITES FOR IMPROVED FIRE PERFORMANCE 

Spyros Anastasios Tsampas (Swerea SICOMP), Patrik Sven Fernberg (Swerea SICOMP), Giovanni  Camino 

(Polytechnic Institute of Turin), Marco  Monti, Per  Blomqvist 

EFFECT OF HUMIDITY AND TEMPERATURE ON THE CURING AND AGING OF A ROOM 

TEMPERATURE EPOXY ADHESIVE 

Émilie  Charette, Edith roland  Fotsing, Catherine  Billotte, Edu  Ruiz, Julian  Gutiérrez (Ecole 

Polytechnique de Montreal), Daniel  Grenier (Cent. de recherche indus. du Quebec CRIQ) 

EXPERIMENTAL AND NUMERICAL STUDIES OF HYGROTHERMAL AGING OF BIO-

COMPOSITE SHORT FIBER HEMP / POLYPROPYLENE 

Karim  Bensalem, Lotfi  Toubal, Jean-christophe  Cuilliere, Vincent  Francois (University of Quebec at 

Trois-Rivieres), Papa birame  Gning (Universite de Bourgogne) 
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EFFECT OF RESIDUAL STRESSES FROM 

MANUFACTURING ON PROPERTIES  

DETERMINISTIC DESIGN AND MANUFACTURING OF CARBON NANOTUBE STAPLE 

YARNS 

Sameh H. Tawfick (Massachusetts Institute of Technology), Abhinav  Rao (University of Michigan - Ann 

Arbor), A. john  Hart (University of Michigan - Ann Arbor) 

INFLUENCE OF TRIMMING PROCESS ON THE SURFACE QUALITY AND THE 

MECHANICAL BEHAVIOR OF CFRP STRUCTURES: STATIC AND FATIGUE TESTS 

Haddad  Madjid (Institut Clément Ader), Habiba  Bougherara (Ryerson University), Redouane  Zitoune 

(Institut Clément Ader), Florent  Eyma (Institut Clément Ader), Bruno  Castanié (Institut Clément Ader) 

MICROMECHANICAL INVESTIGATION OF RESIDUAL STRESSES AND STRENGTH OF 

CROSS-PLY LAMINATES 

Fatih Ertugrul Oz (Bogazici University), Nuri Bulent Ersoy (Bogazici University) 

TENSILE, COMPRESSIVE AND SHEAR RESIDUAL STRENGTHS OF COMPOSITE 

STRUCTURES SUBJECTED TO BALLISTIC IMPACT WITH DIFFERENT VELOCITIES 

John J Wang (Australian Government Defence Science and Technology Organisation) 

SOLVOTHERMAL METHOD FOR RECYCLING HYBRID COMPOSITE MATERIALS 

Armando Tibigin Quitain (Kumamoto University), Katsuji  Shibata (Hitachi Chemical Co. Ltd.), Mitsuru  

Sasaki (Kumamoto University), Motonobu  Goto (Nagoya University) 
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ENERGY DEVICES 

COATED CARBON FIBRE BATTERY HALF-CELLS FOR STRUCTURAL BATTERY 

COMPOSITES 

Leif Erik Asp, Tony  Carlson (Swerea SICOMP), Goeran  Lindbergh, Simon  Leijonmarck, Maria Hellqvist 

Kjell (Royal lnstitute of Technology), Alexander  Bismarck, Henry  Maples (Imperial College of Science) 

DURABILITY AND DEGRADATION OF POLYMER MATRIX COMPOSITES AT ELEVATED 

TEMPERATURE AND PRESSURE FOR WAVE AND TIDAL ENERGY DEVICES 

Zhongyi Yi Zhang (University of Portsmouth) 

PERFORMANCE OF LITHIUM-INTERCALATED CARBON FIBRES FOR STRUCTURAL 

ELECTRODE APPLICATIONS 

Eric  Jacques, Dan  Zenkert, Maria Hellqvist Kjell, Göran  Lindberg, Mårten  Behm (Royal lnstitute of 

Technology) 

MICRO-CRACK DEVELOPMENT IN CARBON FIBER BATTERY IN CYCLIC 

CHARGE/DISCHARGE 

Andrejs  Pupurs (Lulea University of Technology), Janis  Varna (Lulea University of Technology) 

ADDRESSING ENGINEERING ISSUES FOR A COMPOSITE STRUCTURAL POWER 

DEMONSTRATOR 

Mayur Kishorbhai Mistry (Imperial College of Science), Anthony  Kucernak (Imperial College of Science), 

Sang  Nguyen (Imperial College of Science), Jesper  Ankersen (Imperial College of Science), Emile Smith 

Greenhalgh (Imperial College of Science) 

MATCHING MATRIX AND FILLER DIELECTRIC CONSTANTS TO INCREASE DIELECTRIC 

BREAKDOWN STRENGTH 

José Eliseo De León (Iowa State University of Science and Technology), Daniel J O'brien (US Army 

Research Laboratory), Michael Richard Kessler (Iowa State University of Science and Technology) 

MANUFACTURING OF A MULTIFUNCTIONAL COMPOSITE PART FOR USE IN 

AUTOMOTIVE APPLICATIONS 

Tony  Carlson (Swerea SICOMP), Leif Erik Asp (Swerea SICOMP), Viktor  Ekermo, Per-ivar  Sellergren  

MECHANICAL AND MICROSTRUCTURAL CHARACTERISATION OF MULTIFUNCTIONAL 

STRUCTURAL POWER COMPOSITES 

E. Smith Greenhalgh, J.  Ankersen, A.  Bismarck, A.  Kucernak, S.  Nguyen, J. Hg Steinke, N.  Shirshova 

(Imperial College of Sci.), M.  Wienrich, G.  Kalinka (BAM Federal Inst. for Mat. Research & Testing), L. 

Erik Asp,  S. Nilsson (Swerea SICOMP), Q. P.v. Fontana (Cytec), M.  Houlle (Nanocyl SA) 

MULTIFUNCTIONAL STRUCTURAL POWER COMPOSITES BASED ON CARBON AEROGEL 

MODIFIED HIGH PERFORMANCE CARBON FIBRE FABRICS 

Hui  Qian, Anthony  Kucernak, Emile Smith Greenhalgh, Alexander  Bismarck, Milo S p Shaffer (Imperial 

College of Science) 
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EXPERIMENTAL TECHNIQUES 

SPRING-IN CHARACTERISTICS OF THERMOPLASTIC COMPOSITES WITH GLASS FIBER 

FABRIC REINFORCEMENT 

Jasmin  Brühmann (Universitat Siegen), Bernd  Engel (Universitat Siegen) 

COMPARISON OF METHODS TO CHARACTERIZE DAMAGE ONSET IN SHORT GLASS 

FIBER FILLED POLYPROPYLENE 

Anna Maria Hartl, Winoj Naveen Balasooriya, Martin  Reiter, Reinhold W. Lang (Johannes Kepler 

University Linz), Markus  Schossig (Hochschule Anhalt (FH), Hochschule fur angewandte Wissenschaften), 

Michael  Jerabek (Borealis Polyolefine GmbH) 

ANALYSIS OF FLEXIBLE CLAMPING IN TENSILE TESTS OF MULTIDIRECTIONAL 

LAMINATES 

Faustino  Mujika (Universidad del Pais Vasco), Neftali  Carbajal (Universidad del Pais Vasco), Gustavo 

Vargas Silva (Universidad del Pais Vasco) 

STRAIN RATE EFFECT ON SINGLE PPTA FIBER TENSILE BEHAVIOURS 

Jae hyun  Kim, Nathanael Alan Heckert, Stefan D. Leigh, Walter  Mcdonough, Kirk  Rice, Gale A Holmes 

(National Institute of Standards and Technology (NIST)) 

OPTIMIZED EXPERIMENTAL CHARACTERISATION OF PVC FOAM USING DIC TEST AND 

THE VIRTUAL FIELDS METHOD 

Peng  Wang (Aalborg University), Fabrice  Pierron (University of Southampton), Ole Thybo Thomsen 

(University of Southampton), Marco   Rossi (), Lava  Pascal (Katholieke Universiteit Leuven) 

AN EXPERIMENTAL AND FINITE ELEMENT STUDY OF THE LONGITUDINAL BENDING 

BEHAVIOR OF T-JOINTS IN VEHICLE STRUCTURES 

Ermias Gebrekidan Koricho (Polytechnic Institute of Turin), Giovanni  Belingardi (Polytechnic Institute of 

Turin) 

MEASUREMENT OF THERMAL DEFOEMATION IN CFRP LAMINATE AT DIFFERENT 

SCALES 

Yoshihisa  Tanaka (National Institute for Materials Science) 

WEAR BEHAVIOUR OF PARTICULATE REINFORCED ALUMINIUM COMPOSITES 

Dimitrios  Myriounis (Sheffield Hallam University), Syed T Hasan (Sheffield Hallam University) 

SYNTHESIS, MICROSTRUCTURE AND MECHANICAL PROPERTIES OF NB-BASED 

COMPOSITES CONTAINING CARBIDE AND BORIDE CERAMIC PHASES 

Xinjiang  Zhang (Harbin Institute of Technology) 
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HOW VARIOUS UNCERTAINTIES AND ASSUMPTIONS AFFECT B-BASIS ALLOWABLES 

DEVELOPMENT 

Carl Quinn Rousseau (Lockheed Martin) 

EXPERIMENTAL AND NUMERICAL VALIDATION OF AN ANALYTICAL CALCULATION 

METHOD FOR NOTCHED FIBRE-REINFORCED MULTILAYERED COMPOSITES UNDER 

BENDING AND COMPRESSIVE LOADS 

Bernd  Grüber (Technische Universitat Dresden), Werner A. Hufenbach (Technische Universitat Dresden), 

Robert  Gottwald (Technische Universitat Dresden), Martin  Lepper (Technische Universitat Dresden), 

Binquan   Zhou (Technische Universitat Dresden) 

RESIDUAL STRESS MEASUREMENTS OF GLASS/EPOXY COMPOSITE LAMINATE USING A 

NEW TYPE OF SPECIMEN DESIGN 

Johnny  Jakobsen (Aalborg University), Jens H. Andreasen (Aalborg University), Ole T. Thomsen (Aalborg 

University) 

UNCERTAINTY ANALYSIS FOR OPTICAL PERMEABILITY MEASUREMENT OF 

REINFORCING TEXTILES 

Ewald  Fauster (Montanuniversitat Leoben), Harald  Grössing (Montanuniversitat Leoben), Ralf  

Schledjewski (Montanuniversitat Leoben) 

NANOINDENTATION OF A CARBON-FIBRE COMPSOSITE MICROSTRUCTURE: 

INTERPHASE CHARACTERISATION AND THE EFFECT OF RESIDUAL THERMAL STRESS 

Mark  Hardiman (University of Limerick), Conor T. Mccarthy (University of Limerick) 

HYBRID TESTING OF COMPOSITE STRUCTURES WITH SINGLE-AXIS CONTROL 

Jacob Paamand Waldbjoern, Jacob  Høgh, Henrik  Stang, Christian  Berggreen, Jacob  Wittrup-schmidt, 

Kim  Branner (Technical University of Denmark) 

MULTI AXIS MACHINING OF HIGH PERFORMANCE CFRP FOR AEROSPACE INDUSTRY 

Seyedbehzad  Ghafarizadeh (École de technologie supérieure - Université du Québec), Jean-françois  

Chatelain (École de technologie supérieure - Université du Québec), Gilbert  Lebrun (University of 

Quebec at Trois-Rivieres) 

USING THE LAP-SHEAR TEST TO MEASURE POLYMER COMPOSITE INTERFACIAL 

STRENGTH 

Jeff  Wood (University of Western Ontario), Ian N Swentek (University of Western Ontario) 

EFFECT OF SUPERHEATED STEAM TREATMENT ON TENSILE STRENGTH OF CARBON 

FIBER AND FIBER-RESIN INTERFACIAL SHEAR STRENGTH 

Masashi  Wada, Kazuhiko  Kawai, Kazumi  Hayashi, Satoshi  Kitaoka (Japan Fine Ceramics Center), Yuta  

Shimizu (Daido University), Tomoyuki  Suzuki (Aichi Science and Technology Foundation), Hirohito  Hira 

(Daido University)  
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FATIGUE OF COMPOSITES 

STATIC AND FATIGUE PROPERTY OF MODE I CRACK ON CFRP LAMINATE TOUGHENED 

WITH CNF INTERLAYER 

Masahiro  Arai (Shinshu University), Marino  Quaresimin (University of Padua), Masaki  Hojo (Kyoto 

University) 

VERY HIGH CYCLE FATIGUE OF FIBRE-REINFORCED COMPOSITES: AN ALTERNATIVE 

EXPERIMENTAL APPROACH 

Till Julian Adam (Technische Universitat Carolo-Wilhelmina Braunschweig), Peter  Horst (Technische 

Universitat Carolo-Wilhelmina Braunschweig) 

ENHANCED FATIGUE TESTING OF COMPOSITES 

Peter Bradby spiros Bailey (Instron), Christian  Hoehl (Instron), Payam  Jamshidi (University of 

Manchester), Steve  Squires (Instron), Andrew J Smith (Instron) 

INFLUENCE OF GLASS TRANSITION TEMPERATURE OF THERMOPLASTIC AND 

THERMOSET LAMINATES ON THEIR FATIGUE BEHAVIOR 

William  Albouy (INSA Rouen), Benoit  Vieille (INSA Rouen), Lakhdar  Taleb (INSA Rouen) 

SYNCHROTRON COMPUTED TOMOGRAPHY OF FATIGUE MICROMECHANISMS IN CFRP 

Serafina Consuelo Garcea (University of Southampton), Mark N Mavrogordato (University of 

Southampton), Anna E Scott (University of Southampton), Ian  Sinclair (University of Southampton), 

Simon M Spearing (University of Southampton) 

FATIGUE AND STATIC DAMAGE MODELLING OF CONTINUOUS GLASS FIBRE/EPOXY 

COMPOSITE 

Rim  Ben toumi (PSA Peugeot Citroen), Jacques  Renard (), Pongsak  Nimdum (Ecole Nationale 

Superieure des Mines de Paris), Martine  Monin () 

INFLUENCE OF PLY WAVINESS ON RESIDUAL STRENGTH AND FATIGUE DEGRADATION 

OF COMPOSITE WIND TURBINE BLADES 

Milos  Draskovic (Universitat Stuttgart), Udayanga Indunil kumar Galappaththi (Glasgow Caledonian 

University), Anthony  Pickett (Universitat Stuttgart), Marc  Capellaro (Universitat Stuttgart), Peter  

Middendorf (Universitat Stuttgart) 

THE EFFECT OF TEMPERATURE ON THE MIXED-MODE INTERLAMINAR TOUGHNESS 

AND FATIGUE DELAMINATION GROWTH OF FIBRE REINFORCED PLASTICS 

Georgia  Charalambous (University of Bristol), Giuliano  Allegri (University of Bristol) 

DAMAGE PHENOMENA OF FIBRE REINFORCED COMPOSITES UNDER VHCF-LOADING 

Ilja  Koch, Maik  Gude, Werner A. Hufenbach, Roman  Koschichow (Technische Universitat Dresden), 

Karl  Schulte, Julia  Knoll (Technische Universitat Hamburg-Harburg) 
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A NEW INTEGRATED ANISOMORPHIC CFL DIAGRAM APPROACH TO OFF-AXIS 

FATIGUE LIFE PREDICTION OF CFRP LAMINATES AT ANY TEMPERATURES IN ANY 

FIBER-ORIENTATIONS 

Masamichi  Kawai (Tsukuba University) 

MECHANICAL COUPLING BETWEEN METAL LINER AND COMPOSITE STRUCTURE IN 

TYPE III TANKS DURING HIGH PRESSURE FATIGUE LOADING. 

Dominique M Perreux (Universite de Franche-Comte) 

AN INVESTIGATION INTO THE DAMAGE DEVELOPMENT AND RESIDUAL STRENGTHS OF 

OPEN-HOLE SPECIMENS IN FATIGUE 

Oliver James Nixon-pearson (University of Bristol), Stephen Richard Hallett (University of Bristol) 

DURABILITY OF CARBON FIBER REINFORCED COMPOSITE LAMINATES FOR LARGE 

PRECISE SPACE STRUCTURE UNDER CYCLIC THERMAL LOADING 

Satoshi  Kobayashi (Tokyo Metropolitan University), Masahiro  Tomite (Tokyo Metropolitan University), 

Minoru  Iwata (Kyushu Institute of Technology), Num Huu Tran (Japan Aerospace Exploration Agency), 

Ken  Goto (Japan Aerospace Exploration Agency) 

COMPRESSION AFTER IMPACT AND FRACTURE TOUGHNESS OF CARBON FIBER/EPOXY 

COMPOSITES MODIFIED WITH CARBON NANOTUBES 

Marcel  Siegfried (Katholieke Universiteit Leuven), Carmen  Tola (), Stepan V. Lomov (Katholieke 

Universiteit Leuven), Ignaas  Verpoest (Katholieke Universiteit Leuven), Larissa  Gorbatikh (Katholieke 

Universiteit Leuven) 

INTERLAMINAR FATIGUE CRACK GROWTH IN CARBON FIBER REINFORCED 

COMPOSITES 

Steffen  Stelzer (Montanuniversitat Leoben), Rhys  Jones (Monash University), Andreas J. Brunner (Empa, 

Swiss Federal Laboratories for Materials Science & Technology) 

PREDICTION OF FATIGUE DAMAGE EVOLUTION IN MULTIDIRECTIONAL LAMINATES 

Marino  Quaresimin (University of Padua), Paolo Andrea Carraro (University of Padua) 

INFINITE LIFE OF CFRP EVALUATED NONDESTRUCTIVELY WITH X-RAY-REFRACTION 

TOPOGRAPHY 

Volker  Trappe (BAM Federal Institute for Materials Research and Testing), Hans Peter Ortwein (BAM-

Federal Institute for Materials Research & Testing), Stefan  Hickmann (BAM-Federal Institute for Materials 

Research & Testing) 

DEVELOPMENT OF CYCLIC DAMAGE IN CARBON EPOXY COMPOSITES UNDER 

VARIABLE LOADING CONDITIONS 

Alan  Plumtree (University of Waterloo), Jan  Dahl (University of Waterloo) 
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FATIGUE DAMAGE CHARACTERIZATION IN SHORT GLASS FIBER REINFORCED 

POLYAMIDE-66 

Muhamad fatikul  Arif, Yves  Chemisky, Fodil  Meraghni (Arts et Metiers Paris Tech), Nicolas  Saintier, 

Joseph  Fitoussi (Ecole Nationale Superieure d'Arts et Metiers de Paris), Gilles  Robert (Solvay Engineering 

Plastics) 

INFLENCE OF NOTCH GEOMETRY ON BENDING FATIGUE BEHAVIOR OF TWILL E-

GLASS/EPOXY COMPOSITE 

Giovanni  Belingardi (Polytechnic Institute of Turin), Alem Tekalign Beyene (Polytechnic Institute of 

Turin), Ermias Gebrekidan Koricho (Polytechnic Institute of Turin) 

PREDICTING FATIGUE DAMAGE DEVELOPMENT FOR BRAIDED CARBON FIBER 

POLYMER MATRIX COMPOSITES 

John  Montesano (Ryerson University), Zouheir  Fawaz (Ryerson University), Martin  Lévesque (Ecole 

Polytechnique de Montreal), Cheung J Poon (Ryerson University) 

EXPERIMENTAL ASPECTS AND MULTISCALE NUMERICAL DESCRIPTION OF THE 

FATIGUE BEHAVIOR OF FIBER REINFORCED POLYMERS 

Daniel  Krause (Deutsches Zentrum fuer Luft- und Raumfahrt e.V. (DLR)), Gordon  Just (Deutsches 

Zentrum fuer Luft- und Raumfahrt e.V. (DLR)), Janko  Kreikemeier (Deutsches Zentrum fuer Luft- und 

Raumfahrt e.V. (DLR)) 

FATIGUE BEHAVIOURS OF ±45°GLASSFIBRE DOMINATED COMPOSITES IN WIND 

TURBINE BLADES 

Kuangyi  Zhang (University of Manchester) 

EFFECT OF FLEXIBLE INTERPHASE ON DYNAMIC CHARACTERISTICS OF CFRP 

Tatsuya  Fukuda (Gifu University), Akio  Ohtani (Gifu University), Asami  Nakai (Gifu University) 

CUMULATIVE FATIGUE DAMAGE PREDICTION OF COMPOSITE STRUCTURES 

Chris  Cater (Michigan State University), Xinran  Xiao (Michigan State University) 

UNDERWATER ACCELERATED AGING OF ELASTOMERIC COMPOSITE MATERIALS 

Audrey  Favre (Ecole Polytechnique de Montreal), Edith roland  Fotsing (Ecole Polytechnique de Montreal), 

Edu  Ruiz (Ecole Polytechnique), Martin  Lévesque (Ecole Polytechnique de Montreal), Clémentine  Fellah 

(Ecole Polytechnique de Montreal) 
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FORMING OF ADVANCED COMPOSITES  

& ENGINEERING FABRICS 

INFLUENCE OF INTERPLY FRICTION ON THE FORMING OF STACKED UD PREPREG 

Malin  Akermo (Royal lnstitute of Technology), Ylva R Larberg (Royal lnstitute of Technology), Jens  

Sjolander (Royal lnstitute of Technology), Per Johan Hallander (Saab AB) 

HYPERELASTIC & HYPOELASTIC MODELS FOR THE MESOSCOPIC ANALYSES OF 

COMPOSITE REINFORCEMENT DEFORMATION DURING FORMING 

Philippe  Boisse, Emmanuelle  Vidal-sallé, Than  Nguyen, Adrien  Charmetant (Institut National des 

Sciences Appliquees de Lyon) 

VALIDATION OF LOCAL STITCHING SIMULATION FOR STITCHED NCF PLY STACKS 

Sylvain  Bel, Daniel  Leutz,  Roland  Hinterhoelzl, Klaus  Drechsler (Technische Universitat Munchen), 

Alexane  Margossian, Uwe  Beier (Eurocopter Deutschland GmbH) 

EFFECT OF INTER-PLY SLIDING ON THE APPEARANCE OF DEFECTS FOR MULTILAYERED 

COMPOSITE SHAPING 

Samir  Allaoui (Universite d'Orleans), Gilles  Hivet (Universite d'Orleans), Christophe  Cellard (Universite 

d'Orleans) 

FORMING PARTS WITH ALIGNED MULTI WALL CARBON NANOTUBES 

Per Johan Hallander (Saab AB) 

EVALUATION OF DAMAGE DEVELOPMENT OF NON-CRIMP FABRIC COMPOSITES WITH 

A CIRCULAR HOLE BASED ON MULTI-SCALE ANALYSIS 

Tetsusei  Kurashiki (Osaka University), Yoshitaka  Matsushima (Osaka University), Yuki  Nakayasu (Osaka 

University), Masaru  Zako (Osaka University) 

A SIMULATION APPROACH FOR TEXTILE COMPOSITE REINFORCEMENTS 

Thomas  Gereke, Oliver  Doebrich, Matthias  Huebner, Chokri  Cherif (Technische Universitat Dresden) 

MULTI-SCALE MODELLING OF FIBRE BUNDLES 

Nilanjan  Das chakladar (University of Manchester), Partha  Mandal (University of Manchester), Prasad  

Potluri (University of Manchester) 

SHAPING ANALYSIS OF A NON-CRIMP 3D ORTHOGONAL WEAVE E-GLASS COMPOSITE 

REINFORCEMENT 

Juan Francisco Pazmino (Polytechnic Institute of Milan), Valter  Carvelli (Polytechnic Institute of Milan), 

Stepan V. Lomov (Katholieke Universiteit Leuven) 

TRANSITIONAL BEHAVIOUR OF PREPREGS IN AUTOMATIC FIBRE DEPOSITION 

PROCESSES 
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Dmitry  Ivanov (University of Bristol), Carwyn  Ward (University of Bristol), Kevin  Potter (University of 

Bristol) 

CHARACTERIZATION OF CURED NCF COMPOSITES USED IN THE FORMING OF WIND 

TURBINE BLADES 

Cynthia  Mitchell, James A. Sherwood, Konstantine A Fetfatsidis, Lisa  Dangora, Jennifer L. Gorczyca 

(University of Massachusetts at Lowell) 

TEMPERATURE AND RATE DEPENDENT MULTI-SCALE SHEAR MODELLING OF MOLTEN 

THERMOPLASTIC ADVANCED COMPOSITES 

Philip  Harrison (University of Glasgow), Nuno  Curado-correia (INEGI - Institute of Mechanical 

Engineering and Industrial Management) 

EFFECT OF TEXTILE ARCHITECTURE ON ENERGY ABSORPTION OF WOVEN FABRICS 

SUBJECT TO BALLISTIC IMPACT 

Cheng-chou Eric Yang (University of Melbourne), Phuong  Tran (University of Melbourne), Tuan  Ngo 

(University of Melbourne), Priyan  Mendis (University of Melbourne), Bill  Humphries (CSIRO) 

RESPONSE SURFACES OF MECHANICAL BEHAVIOR OF DRY WOVEN FABRICS UNDER 

COMBINED LOADINGS 

Mojtaba  Komeili (University of British Columbia), Abbas  Milani (University of British Columbia) 

USING LS-DYNA TO SIMULATE THE FORMING OF WOVEN-FABRIC REINFORCED 

COMPOSITES 

Corey  Morris (Advanced Composite Materials and Textile Research Laboratory), Lisa  Dangora 

(University of Massachusetts at Lowell), James A. Sherwood (University of Massachusetts at Lowell) 

RUBBER PAD FORMING OF GLARE CRUCIFORM USING NUMERICAL AND 

EXPERIMENTAL ANALYSIS 

Ravishankar  Subbaramaiah, B. gangadhara  Prusty, Garth Morgan Kendall Pearce, Shen hin  Lim, Donald 

Wainwright Kelly,  Rodney  Thomson (University of New South Wales) 

FORMING OF NONCRIMP FABRIC COMPOSITES WITH EMBEDDED CABLING 

Alexander Stefanov Petrov, Jennifer L. Gorczyca, James A. Sherwood, Lisa  Dangora, Cynthia  Mitchell 

(University of Massachusetts at Lowell) 

CONSOLIDATION OF BRAID-BASED CFRP STRUCTURES 

Martina  Bulat (Universitat Stuttgart), Larissa  Von wascinski (Universitat Stuttgart), Peter  Middendorf 

(Universitat Stuttgart), Hartmut  Roedel (Technische Universitat Dresden) 

SIMULTANEOUS BINDING AND TOUGHENING CONCEPT FOR TEXTILE REINFORCED IN 

SITU POLYMERIZED CYCLIC BUTYLENE TERETHPHALATE COMPOSITES 

Wangqing  Wu (Technische Universitat Clausthal) 
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FRACTURE AND DAMAGE 

INTERACTION BETWEEN METALLIC MICRO-FASTENERS AND CARBON-FIBRE 

COMPOSITE LAMINATES 

Philip N Parkes (University of Bath), Richard  Butler (University of Bath) 

ADVANCED CRASH ABSORBERS STITCHED BY NATURAL FIBRES TO IMPROVE 

EFFECTIVE CRACK GROWTH RESISTANCE 

Hessam  Ghasemnejad (Kingston University) 

FATIGUE DELAMINATION: A COMPARISON BETWEEN VIRTUAL CRACK CLOSURE AND 

COHESIVE ZONE SIMULATION TECHNIQUES 

Gregorio  Giuliese, Alessandro  Pirondi, Fabrizio  Moroni (U. of Parma), Andrea  Bernasconi, Azhar  Jamil 

(Polytechnic Institute of Milan), Ali  Nikbakh (U. of Bologna) 

DAMAGE BEHAVIOUR IN QUASI-ISOTROPIC CFRP LAMINATES WITH SMALL FIBRE 

ORIENTATION MISMATCH 

Hayato  Nakatani (Osaka City University), Shinji  Ogihara (Tokyo University of Science) 

NOVEL COMPOSITE-COMPOSITE JOINING TECHNOLOGY WITH THROUGH THICKNESS 

REINFORCEMENT FOR ENHANCED DAMAGE TOLERANCE 

Steffen  Stelzer (Montanuniversitat Leoben), Stephan  Ucsnik (Austrian Institute of Technology), Jürgen  

Tauchner (FACC AG), Thomas  Unger (Montanuniversitat Leoben), Gerald  Pinter (Montanuniversitat 

Leoben) 

COUPLING OF PLANAR GROWTH AND MATRIX CRACKING IN MODE III 

DELAMINATION TOUGHNESS TESTING 

Allison Lynne Johnston (Syracuse University), Barry D Davidson (Syracuse University) 

ANALYTICAL AND FINITE ELEMENT ANALYSES ON RELIABILITY OF CARBON FIBRE 

REINFORCED PLASTICS 

Heng-yi  Chou, Sébastien  Joannès, Anthony R. Bunsell, Alain  Thionnet (Ecole Nationale Superieure des 

Mines de Paris) 

EXPERIMENTAL CHARACTERISATION OF THE PROGRESIVE FAILURE OF GRID-SCORED 

SANDWICH STRUCTURES IN WIND TURBINE BLADES 

Steffen  Laustsen (Aalborg University) 

RECENT PROGRESS ON BENCHMARKING CRACKING AND DAMAGE MODELS FOR FIBRE 

REINFORCED POLYMER COMPOSITES 

Sam  Kaddour (QinetiQ Ltd), Paul A Smith (University of Surrey), Michael John Hinton (National 

Composites Centre), Shuguang  Li (University of Nottingham) 

CHALLENGING LESSONS FROM THE SECOND WORLD-WIDE FAILURE EXERCISE (WWFE-

II) 

Sam  Kaddour (QinetiQ Ltd), Michael John Hinton (National Composites Centre) 
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NUMERICAL STUDY OF THE EFFECT OF NYLON 6,6 ELECTROSPUN NANOFIBROUS MATS 

TO THE DELAMINATION STRENGTH OF CFR-EPOXY COMPOSITE LAMINATES 

Fabrizio  Moroni, Alessandro  Pirondi, Gregorio  Giuliese (University of Parma), Seeram  Ramakrishna 

(National University of Singapore) Giangiacomo  Minak, Roberto  Palazzetti, Andrea  Zucchelli (University 

of Bologna) 

NEW DEVELOPMENTS IN ONSET THEORY FOR ONSET OF RESIN FAILURE IN FIBRE 

REINFORCED COMPOSITES 

Shen hin  Lim (University of New South Wales), Donald Wainwright Kelly (University of New South 

Wales), Garth Morgan Kendall Pearce (University of New South Wales), B. gangadhara  Prusty (University 

of New South Wales), Alan  Crosky (University of New South Wales) 

A NOVEL STRENGTH MODEL FOR UNIDIRECTIONAL FIBRE-REINFORCED COMPOSITES 

WITH REALISTIC FIBRE PACKINGS 

Ignaas  Verpoest (Katholieke Universiteit Leuven), Yentl  Swolfs (Katholieke Universiteit Leuven), Larissa  

Gorbatikh (Katholieke Universiteit Leuven) 

CRUSHING OF COMPOSITE STRUCTURES AND PARAMETER IDENTIFICATION FOR 

MODEL DEVELOPMENT 

Sindy  Engel (Technische Universitat Bergakademie Freiberg), Christian  Boegle (BMW Group), Dirk  

Lukaszewicz (BMW Group) 

EXPERIMENTAL AND NUMERICAL STUDY OF THE MICRO-MECHANICAL FAILURE IN 

COMPOSITES 

Danial  Ashouri vajari (Technical University of Denmark), Karolina  Martyniuk (Technical University of 

Denmark), Bent F Sørensen (Technical University of Denmark), Brian Nyvang Legarth (Technical 

University of Denmark) 

MIXED-MODE FRACTURE ANALYSIS OF DELAMINATION USING NON-LINEAR 

EXTENDED FINITE ELEMENT METHOD 

Damoon  Motamedi (University of British Columbia), Abbas  Milani (University of British Columbia) 

INVESTIGATION OF THE FAILURE BEHAVIOR OF SHORT-FIBER-REINFORCED 

THERMOPLASTICS WITH MOLDED IN HOLES 

 R. byron  Pipes (Purdue University) 

EFFECT OF EMBEDMENT LENGTH ON THE PERFORMANCE OF SHEAR-STRENGTHENED 

RC BEAMS WITH L-SHAPED CFRP PLATES 

Amir  Mofidi (McGill University), Sébastien  Thivierge (Ecole de Technologie Superieure), Omar  Chaallal 

(Ecole de Technologie Superieure), Yixin  Shao (McGill University) 

PROCESSING EFFECT ON THE DAMAGE TOLERANCE OF RANDOMLY-ORIENTED 

STRANDS THERMOPLASTIC COMPOSITES 
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Benoit  Landry (McGill University), Pascal  Hubert (McGill University) 

DUCTILE STEEL FIBER/EPOXY COMPOSITES WITH MODIFIED ADHESION 

Michaël Guy Callens, Larissa  Gorbatikh, Ellen  Bertels, Bart  Goderis, Mario  Smet, Ignaas  Verpoest 

(Katholieke Universiteit Leuven) 

MIXED MODE THROUGH THICKNESS FRACTURE OF POLYMER MATRIX COMPOSITE 

Jamal  Jamali (University of Western Ontario), Jeff  Wood (University of Western Ontario) 

STACKING SEQUENCE EFFECTS IN OVER-HEIGHT COMPACT TENSION TESTS OF QUASI-

ISOTROPIC LAMINATES 

Xiaodong  Xu, Michael R Wisnom, Stephen Richard Hallett (University of Bristol), Navid  Zobeiry, Steven 

A Leslie, Anoush  Poursartip, Reza  Vaziri (University of British Columbia) 

STRESS CONTOUR UTILIZATION FOR ESTIMATING INTERFACIAL PROPERTIES OF 

FIBER/MATRIX COMPOSITE 

Bentang Arief Budiman (Tokyo Institute of Technology), Kosuke  Takahashi (Tokyo Institute of 

Technology), Kazuaki  Inaba (Tokyo Institute of Technology), Kikuo  Kishimoto (Tokyo Institute of 

Technology) 

THE WORLD WIDE FAILURE EXERCISE- STRENGTH PREDICTION IS NOT EASY  - BUT WE 

ARE GETTING THERE 

Keynote:Michael John Hinton  (National Composites Centre), Sam  Kaddour  (QinetiQ Ltd) 

MODELLING COMPRESSIVE DAMAGE IN CFRP: COMBINING FRICTION WITH DAMAGE 

Renaud  Gutkin (Swerea SICOMP) 

STUDY OF NON-LINEAR TENSILE BEHAVIOUR OF DISCONTINUOUS CARBON-EPOXY 

PREPREG COMPOSITES 

Gergely  Czel (University of Bristol), Michael R Wisnom (University of Bristol) 

EFFECT OF SUBSTRATE SURFACE MORPHOLOGY ON FATIGUE BEHAVIOUR 

OFADHESIVELY BONDED CARBON FIBRE REINFORCED PEEK COMPOSITES 

Michelle  Salvia (Ecole Centrale de Lyon), Réda el hak  Ourahmoune (Ecole Centrale de Lyon), Nadir  

Mesrati (Ecole Nationale Polytechnique), Thomas  Mathia (Ecole Centrale de Lyon) 

MIXED-MODE TRANSLAMINAR FRACTURE: EXPERIMENTAL RESULTS AND NUMERICAL 

MODELLING 

Matthew John Laffan (Imperial College of Science), Silvestre T Pinho (Imperial College of Science), Paul  

Robinson (Imperial College of Science) 

MULTI-SCALE ANALYSIS OF EFFECTS OF CONSTITUENT PROPERTIES ON OPEN-HOLE 

TENSION PERFORMANCE OF COMPOSITE LAMINATES 
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Xing  Li, Zhidong  Guan, Bin  Xue, Lu  Liu, Wei  He, Junwu  Mu (Beijing University of Aeronautics and 

Astronautics) 

NUMERICAL AND EXPERIMENTAL ANALYSES OF MULTIPLE DELAMINATIONS IN 

CURVED COMPOSITE LAMINATES 

Andrea  Baldi, Alessandro  Airoldi, Paolo  Belotti, Paolo  Bettini, Giuseppe  Sala (Polytechnic Institute of 

Milan) 

EVALUATION OF THE APPLICABILITY OF THE FIRST PSEUDO-GRAIN FAILURE MODEL 

FOR SHORT GLASS FIBER REINFORCED POLYPROPYLENE MATERIALS 

Martin  Reiter, Anna Maria Hartl, Zoltan  Major, Reinhold W. Lang (Johannes Kepler University Linz), 

Michael  Jerabek, Simon  Gastl (Borealis Polyolefine GmbH) 

MIXED MODE COHESIVE LAW FOR FIBRE/MATRIX INTERFACE- A COUPLED 

EXPERIMENTAL AND NUMERICAL STUDY 

Karolina  Martyniuk (Technical University of Denmark), Bent F Sørensen (Technical University of 

Denmark), Qingda  Yang (University of Miami), Wei  Liu (University of Miami) 

THE EFFECT OF CYCLIC SOLUTION TEMPERATURE ON FLEXURAL PROPERTY OF 

UNSATURATED POLYESTER RESIN UNDER LIQUID AND VAPOR PHASE 

Pradchar  Pradyawong (Tokyo Institute of Technology), Masatoshi  Kubouchi (Tokyo Institute of 

Technology), Saiko  Aoki (Tokyo Institute of Technology) 

A MULTI-SCALE VISCOELASTIC COHESIVE LAYER MODEL FOR PREDICTING 

DELAMINATION IN HIGH TEMPERATURE POLYMER MATRIX COMPOSITES 

Samit  Roy (University of Alabama - Tuscaloosa) 

MODELLING CRACK PROPAGATION IN PARTICLE- REINFORCED COMPOSITES USING 

THE ELEMENT-FREE GALERKIN METHOD 

Nelson  Madalai Muthu (Indian Institute of Technology, Bombay), Brian George Falzon (Queen's University 

Belfast), Surjya Kumar Maiti (Indian Institute of Technology, Bombay), Shahin  Khoddam (Monash 

University) 

RESIDUAL COMPRESSIVE STRENGTH ASSESSMENT OF IMPACTED LAMINATES BASED 

ON C-SCAN DATA 

Yu  Yang (University of Nottingham), Xiasheng  Sun (China Aviation Industry Corp), Shuguang  Li 

(University of Nottingham) 

EVALUATION OF LOADING RATE DEPENDENCE ON FRACTURE BEHAVIOR OF CFRP 

LAMINATE WITH HIGH SPEED IMAGING 

Hideaki  Kusano (Shimadzu Corporation), Yoshiyasu  Hirano (Japan Aerospace Exploration Agency), 

Akinori  Yoshimura (Japan Aerospace Exploration Agency), Yuichiro  Aoki (Japan Aerospace Exploration 

Agency), Yutaka  Iwahori (Japan Aerospace Exploration Agency) 
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THERMOGRAPHIC EVALUATION OF CFRP SPECIMENS DRILLED WITH CONVENTIONAL 

AND ABRASIVE WATER JET TECHNIQUES 

Muhammad  Saleem (Ryerson University), Lotfi  Toubal (University of Quebec at Trois Rivieres), 

Redouane  Zitoune (Institut Clément Ader), Habiba  Bougherara (Ryerson University) 

BENDING STIFFNESS OF LAMINATES WITH INTRALAMINAR CRACKS IN SURFACE 

LAYERS AND INTERFACE DELAMINATIONS 

Janis  Varna (Lulea University of Technology), Andrejs  Pupurs (Lulea University of Technology), Liva  

Pupure (Lulea University of Technology) 

SYNERGISTIC DAMAGE MECHANICS MODELING OF FAILURE IN MULTIDIRECTIONAL 

COMPOSITE LAMINATES 

Chandra veer  Singh (University of Toronto) 

DEPENDENCE OF INTERFACE PLY ORIENTATION ON DELAMINATION GROWTH 

DIRECTIONALITY AND MIGRATION 

Carla  Canturri (Imperial College of Science), Emile Smith Greenhalgh (Imperial College of Science), 

Silvestre T Pinho (Imperial College of Science) 

MODELLING OF FLEXURAL BEHAVIOUR OF FUNCTIONALLY GRADED COATINGS 

Maria  Kashtalyan (University of Aberdeen), Maryam  Heidari (University of Aberdeen), Igor  Guz 

(University of Aberdeen) 

EXPERIMENTAL AND NUMERICAL INVESTIGATIONS ON FRICTION EFFECTS IN 4ENF 

FRACTURE TESTS 

John  Botsis (Ecole Polytechnique Federal de Lausanne) 

AN IMAGE BASED APPROACH TO MODELLING PLASTIC BONDED EXPLOSIVES (PBX) ON 

THE MICRO SCALE 

Hari  Arora (Imperial College of Science), Maria  Charalambides (Imperial College of Science), Edmund  

Tarleton (University of Oxford), David M Williamson (University of Cambridge), Claire L Leppard 

MATERIAL CHARACTERIZATION WITH REPRESENTATIVE VOLUME SIMULATIONS OF 

WOVEN POLYMER MATRIX COMPOSITES 

Shawn A English (Sandia National Labs), Timothy  Briggs (Sandia National Labs) 

AN EXPERIMENTAL AND NUMERICAL STUDY OF THE EFFECT OF SOME 

MANUFACTURING DEFECTS 

Tonny  Nyman (Saab AB), Alann  Andre (), Malin  Akermo (Royal lnstitute of Technology), Sören  Nilsson 

(Swerea SICOMP), Monica  Norrby (Royal lnstitute of Technology) 
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THE EFFECT OF RUBBER THICKNESS AND LOAD RATE ON THE INTERFACIAL FRACTURE 

ENERGY IN STEEL/RUBBER/COMPOSITE HYBRID STRUCTURES 

Essi  Sarlin (Tampere University of Technology), Jyrki  Vuorinen (Tampere University of Technology), 

Minnamari  Vippola (Tampere University of Technology), Toivo  Lepistö (Tampere University of 

Technology) 

EXPERIMENTAL ANALYSIS OF DAMAGE IN FABRIC-REINFORCED COMPOSITES 

SUBJECTED TO LOW-VELOCITY IMPACTS 

Vadim V. Silberschmidt (Loughborough University) 

TENSILE PROPERTIES OF CARBON AND GLASS T-JOINTS AS A STRUCTURAL ELEMENT OF 

WIND TURBINE BLADE 

Amirhossein  Hajdaei (University of Manchester Institute of Science and Technology), Paul Jonathan Hogg 

(Royal Holloway and Bedford New College), Constantinos  Soutis (University of Manchester) 

COMPRESSIVE STRENGTH AND DAMAGE MECHANISMS IN STITCHED CARBON/EPOXY 

COMPOSITES 

Arief  Yudhanto (Tokyo Metropolitan University) 

FRAGMENTATION ANALYSIS OF GLASS FIBRES RECOVERED FROM HYDROLYSIS 

PROCESSES 

Yat-tarng  Shyng (University of Exeter), Oana  Ghita (University of Exeter) 

DAMAGE CHARACTERIZATION OF A THIN PLATE MADE OF ABS UNDER UNIAXIAL 

SOLICITATION 

Hicham  Farid, fouad  erchiqui, fouad  slaoui hasnaoui (University of Quebec Abitibi-Temiscamingue), 

hassan  ezzaidi (University of Quebec at Chicoutimi), mohamed  elghorba, hkalid  elhad (Universite Hassan 

II - Ain Chock) 

EXPERIMENTAL AND NUMERICAL STUDIES ON DAMAGE BEHAVIOR OF NYLON 6/CLAY 

NANOCOMPOSITES 

Shaoning  Song, Yu  Chen, Zhoucheng  Su, Chenggen  Quan, Vincent Bc Tan (National University of 

Singapore) 

FATIGUE DELAMINATION GROWTH OF ENVIRONMENTALLY AGED/DEGRADED 

ADHESIVELY BONDED COMPOSITE JOINTS UNDER MODE I LOADING 

Chun  Li (National Research Council Canada), Tim  Teng (National Research Council Canada), Gang  Li 

(National Research Council Canada), Marko  Yanishevsky (National Research Council Canada) 

FAILURE ANALYSIS AND SIZE SCALING STUDY OF NOTCHED COMPOSITE LAMINATES 

Dinh chi  Pham (Institute of High Performance Computing A*STAR) 
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PRELIMINARY EVALUATION OF THE PERFORMANCE OF NOVEL FIBRE REINFORCED 

PEEL STOPPER CONCEPT IN SANDWICH STRUCTURES 

Georgios  Martakos (Aalborg University), Jens H. Andreasen (Aalborg University), Ole T. Thomsen 

(Aalborg University) 

EXPERIMENTAL STUDY OF IMPACT DAMAGE RESISTANCE AND TOLERANCE OF 

COMPOSITE SANDWICH PANELS 

Peter  Nash (Loughborough University), Gang  Zhou (Loughborough University), Sahdev  Gahlay 

(Loughborough University), Mark  Burt (Loughborough University) 

FRACTURE BEHAVIOR OF CARBON FIBER REINFORCED POLYPROPYLENE UNDER 

ARTIFICIAL LIGHTNING STRIKE 

Shinichiro  Yamashita (The University of Tokyo), Isamu  Ohsawa (The University of Tokyo), Akiyasu  

Morita (The University of Tokyo), Jun  Takahashi (The University of Tokyo) 

SHORT FIBER INTERFACIAL TOUGHENING FOR COMPOSITE-FOAM SANDWICH 

Zhi  Sun (Dalian University of Technology), Shiyong  Sun (Dalian University of Technology), Shanshan  Shi 

(Dalian University of Technology), Haoran  Chen (Dalian University of Technology), Xiaozhi  Hu 

(University of Western Australia) 

PREDICTING THE THROUGH-THICKNESS ENHANCEMENT OF Z-PINNED COMPOSITE 

LAMINATES 

Galal F.a. Mohamed (University of Bristol), Fabrice  Helenon (National Composites Centre), Stephen 

Richard Hallett (University of Bristol), Mehdi  Yasaee (University of Bristol), Giuliano  Allegri (University 

of Bristol) 

DELAMINATION INITIATION DUE TO INTERLAMINAR TENSION IN FIBRE REINFORCED 

PLASTICS 

Jamie Peter Blanchfield (University of Bristol), Giuliano  Allegri (University of Bristol) 

EXPERIMENTAL AND NUMERIC MULTISCALE ANALYSES OF FAILURE MECHANISMS ON 

PULTRUDED POLYMERIC COMPOSITE MATERIAL 

Henri-alexandre  Cayzac (Ecole Nationale Superieure des Mines de Paris), Sébastien  Joannès (Ecole 

Nationale Superieure des Mines de Paris), Lucien  Laiarinandrasana (Ecole Nationale Superieure des Mines 

de Paris) 

CORELLATIONS OF DAMAGE MECHANISMS AND MATERIAL MICRO-STRUCTURE IN 

TENSILE LOADED HOOP STRUCTURES 

Anna E Scott (University of Southampton), Ian  Sinclair (University of Southampton), Simon M Spearing 

(University of Southampton), Mark N Mavrogordato (University of Southampton), Warren  Hepples () 
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IN-SITU TENSILE FIBRE FAILURE ANALYSIS BY SYNCHROTRON RADIATION COMPUTED 

TOMOGRAPHY 

Hannah  Morton (University of Southampton), Philippa  Reed (University of Southampton), Ian  Sinclair 

(University of Southampton), Simon M Spearing (University of Southampton), Anna E Scott (University of 

Southampton) 

TIME AND TEMPERATURE INFLUENCE ON THE FAILURE OF TEXTILE COMPOSITES 

Amine  El mourid (Ecole Polytechnique de Montreal), Martin  Lévesque (Ecole Polytechnique de Montreal), 

Rajamohan  Ganesan (Concordia University) 

MODELING OF MECHANICAL RESPONSE IN CFRP ANGLE-PLY LAMINATES 

Shinji  Ogihara (Tokyo University of Science), Hayato  Nakatani (Osaka City University) 

DESING OF TRANSVERSE BIAXIAL TENSILE TESTS ON CRUCIFORM SPECIMENS 

Federico  París (Universidad de Sevilla), Alberto  Barroso (Universidad de Sevilla), Elena  Correa 

(Universidad de Sevilla), Maria Dolores Pérez (Universidad de Sevilla), David  Vega (Universidad de Sevilla) 

FRACTURE MECHANICS OF COMPOSITE PLIES ON MICROSCALE 

Christian  Marotzke (BAM-Federal Institute for Materials Research & Testing), Titus  Feldmann (BAM-

Federal Institute for Materials Research & Testing) 

EFFECT OF VOIDS ON INITIAL FAILURE OF CFRP LAMINATES 

Shigeki  Aratama (Kawasaki Heavy Industries Ltd.), Yusuke  Tsumura (Kyoto University), Masaaki  

Nishikawa (Kyoto University), Masaki  Hojo (Kyoto University) 

OPTIMISATION OF CARBON-FIBER COMPOSITE SHELLS FOR TYPE IV PRESSURE VESSELS 

Clémence  Devilliers (Air Liquide - CRCD), Anthony R. Bunsell, Alain  Thionnet, Heng-yi  Chou, 

Sébastien  Joannès (Ecole Nationale Superieure des Mines de Paris) 

THE MUTUAL EFFECTS OF SHEAR AND TRANSVERSE DAMAGE IN POLYMERIC 

COMPOSITES 

Lloyd  Smith (Washington State University), Mohammedmahdi  Salavatian (Washington State University) 

USING SPIRAL NOTCH TORSION TEST TO EVALUATE FRACTURE TOUGHNESS OF FIBER-

REINFORCED POLYMERIC COMPOSITES 

Jy-an John Wang (Oak Ridge National Laboratory), Ting  Tan (University of Vermont), Hao  Jiang (Oak 

Ridge National Laboratory) 

FINITE ELEMENT MULTI-SCALE MODELING OF THE FAILURE MECHANISMS IN A 3D 

WOVEN COMPOSITE 

Lucien  Laiarinandrasana (Ecole Nationale Superieure des Mines de Paris), Wassim  Trabelsi (Ecole 

Nationale Superieure des Mines de Paris), Alain  Thionnet (Ecole Nationale Superieure des Mines de Paris) 
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FAILURE MODELLING OF IMPREGNATED FLAX YARNS FROM FIBRE AND INTERPHASE 

PROPERTIES 

Shyam Mohan Panamoottil (University of Auckland), Raj  Das (University of Auckland), Krishnan  

Jayaraman (University of Auckland) 

DAMAGE ANALYSIS OF ALUMINUM / CFRP HYBRID BEAM UNDER THREE POINT 

BENDING 

Hee chul  Kim, Dong kil  Shin, Jung goo  Kim, Jung ju  Lee (Korea Advanced Institute of Science & 

Technology), Kum cheol  Shin (Shin Ansan University) 

DAMAGE SUPPRESSION IN THIN PLY ANGLE-PLY CARBON/EPOXY LAMINATES 

Jonathan  Fuller (University of Bristol), Michael R Wisnom (University of Bristol) 

DAMAGE EVOLUTION LAW IN THE FRAMEWORK OF CONTINUUM DAMAGE 

MECHANICS FOR UD COMPOSITES 

Shuguang  Li (University of Nottingham), Qing  Pan (University of Nottingham), Tian-hong  Yu (University 

of Nottingham) 

DAMAGE TOLERANCE OF STIFFENED COMPOSITE STRUCTURES 

Joanne Emma Davies (University of Southampton), Adam J. Sobey (University of Southampton), James I.r. 

Blake (University of Southampton), Ajit  Shenoi (University of Southampton) 

NUMERICAL ANALYSIS ON LOW-VELOCITY IMPACT DAMAGE OF LAMINATED 

COMPOSITES BY COMBINING CONTINUUM DAMAGE MECHANICS WITH COHESIVE 

ZONE MODEL 

Xiaochen  Sun (Shandong University), Peng  Qu (Shandong University), Yunli  Guo (Shandong University), 

Yuxi  Jia (Shandong University) 

DETERMINATION OF INTERFACIAL SHEAR STRENGTH IN EPOXY/GLASS COMPOSITES 

BY MULTI-FIBER FRAGMENTATION TEST (MFFT) 

Edward David Mccarthy, Jae hyun  Kim, Nathanael Alan Heckert, Stefan D. Leigh, Gale A Holmes, Jeffrey 

W. Gilman (National Institute of Standards and Technology (NIST)) 

INVESTIGATING DELAMINATION MIGRATION IN COMPOSITE TAPE LAMINATES 

Nelson V De carvalho, James Gordon Ratcliffe 

REPRESENTING TRANSLAMINAR FRACTURE AS A COHESIVE CRACK 

Rita  Teixeira (Imperial College of Science), Silvestre T Pinho (Imperial College of Science) 

AN EXPERIMENTAL METHOD TO DETERMINE THE CRITICAL ENERGY RELEASE RATE 

ASSOCIATED WITH LONGITUDINAL COMPRESSIVE FAILURE IN CFRP 

Daniel  Svensson (University College of Skovde), Ulf  Stigh (University College of Skovde), Svante  

Alfredsson (University College of Skovde) 
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MICROMECHANICAL FAILURE ANALYSIS OF UNIDIRECTIONAL FIBER-REINFORCED 

COMPOSITES UNDER IN-PLANE AND TRANSVERSE SHEAR 

Lei  Yang (Beihang University), Ying  Yan (Beijing University of Aeronautics and Astronautics), Zhiguo  

Ran (Beihang University) 
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FRACTURE AND DAMAGE – POSTER 

ENVIROMENTAL EFFECTS OF MOSITURE IN GLASS FIBER POLYMER REINFORCED 

COMPOSITES 

Vladimir Alzamora Guzman 

STATIC IMPLEMENTATION OF PERIDYNAMICS FOR THE SIMULATION OF CRACK 

PROPAGATION 

Fabio  Luongo, Mirco  Zaccariotto, Ugo  Galvanetto 

PREDICTING DAMAGE PROPAGATION OF COMPOSITE T-JOINTS USING A MIXED 

DAMAGE MODEL 

Jiye  Chen 

FAILURE ANALYSIS OF WOVEN FABTIC CURVED LAMINATE WITH VARIABLE 

THICKNESSES 

Junqi  Zhang, Longquan  Liu, Hai  Wang 

EVALUATION OF SPLICE-TYPE CRACK ARRESTER UNDER MODE II TYPE LOADING FOR 

FOAM CORE SANDWICH PANEL 

Yasuo  Hirose, Hirokazu  Matsuda, Go  Matsubara, Masaki  Hojo, Keishiro  Yoshida 

DAMAGE EVALUATION IN PAPER-BASED FRICTION MATERIALS SUBJECTED TO 

COMPRESSIVE LOADING 

Tomoyuki  Fujii, Keiichiro  Tohgo, Naoya  Urata, Yoshinobu  Shimamura, Tomohiro  Hasegawa, Shintaro  

Yagi, Yoichi  Ito 

CORROSION STUDIES OF SELECTED FIBRE METAL LAMINATES WITH CARBON AND 

GLASS FIBRES 

Barbara  Surowska 

INFLUENCE OF THE INTERFACE ON THE APPARENT FRACTURE TOUGHNESS AND 

CRACK PROPAGATION DIRECTION IN LAYERED CERAMIC COMPOSITES 

Lubos  Nahlik, Bohuslav  Masa, Pavel  Hutar, Zdenek  Majer 

ACTIVE THERMOGRAPHY AS AN EVALUATION METHOD OF DELAMINATIONS IN 

COMPOSITE STRUCTURES 

Przemyslaw Daniel Pastuszak, Aleksander  Muc 

DCB TEST SAMPLE OPTIMIZATION FOR MICRO-MECHANICAL TESTING 

Sanita  Zike, Lars Pilgaard Mikkelsen 
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AN INVESTIGATION INTO MATRIX CRACKING IN TRANSVERSE PLIES LEADING TO 

DELAMINATION CRACKS AT PLY BOUNDARIES. 

Daniel J Mortell, David A Tanner, Conor T. Mccarthy 

DIRECT NUMERICAL SIMULATION OF DAMAGE PROGRESSION IN LAMINATED 

COMPOSITE PLATES USING MULTI-SCALE MODELLING 

Nitesh Kumar Karna, Heejin  Kang, Kookjin  Park, Kyungmin  Nam, Chanhoon  Chung, Minkee  Kim, Ik-

hyeon  Choi, Sangjoon  Shin 

LOCAL STRAIN RATE EFFECT ON DAMAGE IN GLASS FIBER REINFORCED ETHYLENE-

PROPYLENE COMPOSITE 

Joseph  Fitoussi, Michel  Bocquet, Fodil  Meraghni 

MICROMECHANICAL MODELLING OF DAMAGE PROCESSES IN COMPOSITE MATERIALS 

Darko  Ivancevic, Ivica  Smojver 

ORTHOGONAL STITCHING OF 2D FABRICS FOR IMPROVED DELAMINATION 

RESISTANCE 

William Richard Kennon, Prasad  Potluri, Devrim  Goktas 

IN SITU DAMAGE MECHANISMS INVESTIGATION OF POLYAMIDE/SHORT GLASS FIBER 

COMPOSITE 

Muhamad fatikul  Arif, Nicolas  Despringre, Yves  Chemisky, Gilles  Robert, Fodil  Meraghni 

FAILURE ASPECTS OF FIBER METAL LAMINATES AFTER LOW VELOCITY AND LOW 

ENERGY IMPACT 

Jaroslaw  Bienias 
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GREEN COMPOSITES 

MULTIVARIABLE OPTIMISATION OF FIBRE REINFORCED HONEYCOMB SANDWICH 

PANELS 

Sanjeev  Rao (Centre for Advanced Composite Materials), Jeremy  Chen (University of Auckland), Debes  

Bhattacharyya (University of Auckland) 

EFFECT OF FLAX FIBRES INDIVIDUALISATION ON TENSILE FAILURE OF FLAX/EPOXY 

UNIDIRECTIONAL COMPOSITE 

Guillaume  Coroller (Universite de Bretagne Sud) 

EFFECTS OF PRESS MOLDING CONDITIONS ON IMPREGNATION AND MECHANICAL 

PROPERTIES OF CARBON FIBER FABRIC/PA6 FILM COMPOSITE 

Ousuke  Ishida, Hiroshi  Saito, Kiyoshi  Uzawa, Isao  Kimpara (Kanazawa Institute of Technology)  Mitsugu  

Kimizu, Wataru  Okumura (Industrial Research Institute of Ishikawa) 

ELABORATION AND CHARACTERIZATION OF BIOCOMPOSITES FROM RICE HUSK, 

WHEAT HUSK AND PLA 

Thao  Tran (Ecole des Mines d'Alès), Jean-charles  Benezet (Ecole Nationale Superieure des Mines d'Ales), 

Anne  Bergeret (Ecole des Mines d'Alès) 

STUDY ON CHEMICAL TREATMENT OF CELLULOSE FIBER TO IMPROVE HEAT 

RESISTANCE AND THE MECHANICAL PROPERTY OF COMPOSITE MATERIALS USING 

TREATED FIBER 

Si  Ha (Kyoto Institute of Technology), Teruo  Kimura (Kyoto Institute of Technology), Haruhiro  Ino 

(Kyoto Institute of Technology), Akihiro  Suzuoka 

PREPREG STYLE FABRICATION OF ALL-CELLULOSE COMPOSITES 

Jeremias  Schuermann (University of Canterbury), Tim  Huber (University of Guelph), Mark P. Staiger 

(University of Canterbury) 

INVESTIGATION OF SI-GEL-NR INTERACTION IN SI-GEL/NR VULCANIZATE AND THE 

EFFECT OF PEG ON THE RUBBER VULCANIZATED 

Chanchai  Thongpin (Silpakorn University) 

MECHANICAL CHARACTERIZATION OF PLA-BAMBOO FIBERS GREEN COMPOSITE 

Fernando  Ramirez (Universidad de Los Andes), Mauricio  Gonzalez (Universidad de Los Andes), Nelson 

Eduardo Barrera (Universidad de Los Andes), Sebastian  Castellanos (Universidad de Los Andes) 

BASALT FIBER REINFORCED POLY(LACTIC ACID) COMPOSITES FOR ENGINEERING 

APPLICATIONS 

Tibor  Czigany (Budapest University of Technology and Economics), Jozsef Gabor Kovacs (Budapest 

University of Technology and Economics), Tamas  Tabi (Budapest University of Technology and Economics) 
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DEVELOPMENT OF MULTI-SCALE BIOCOMPOSITES FROM FLAX, NANOCELLULOSE AND 

EPOXY BY RESIN INFUSION 

Steven  Phillips (McGill University), Larry  Lessard (McGill University), Pascal  Hubert (McGill University), 

Peiyu  Kuo (University of Toronto), Mohini  Sain (University of Toronto), Cristian  Demaria (McGill 

University) 

MECHANICAL PROPERTIES OF GLASS SHORT FIBER/WOOD POWDER/POLYPROPYLENE 

HYBRID COMPOSITES 

Ying  Yu (Kyoto Institute of Technology), Yuqiu  Yang (Donghua University), Manabu  Nomura (), 

Hiroyuki  Hamada (Kyoto Institute of Technology) 

FABRICAION AND MECHANICAL PROPERTIES OF 3D JUTE FABRICS REINFORCED 

COMPOSITES 

Jieng-chiang  Chen (Vanung University), Chang-mou  Wu (National Taiwan University of Science and 

Technology), Zi-jie  Lin (Vanung University), Yi-an  Teng (Feng Chia University) 

FIRE RESISTANCE CELLULOSIC FIBERS FOR GREEN POLYMER COMPOSITES 

T.-D. Ngo, M.-T. Ton-That, W. Hu (National Research Council of Canada) 

COMPOSITE RECYCLING: CHARACTERIZATION OF AN END OF LIFE WIND TURBINE 

BLADE 

Justine  Beauson (Technical University of Denmark), Jakob Ilsted Bech (Technical University of Denmark), 

Povl  Brøndsted (Technical University of Denmark) 

INVESTIGATING THE FLEXURAL PROPERTIES OF BAMBOO FIBRE - PP COMPOSITES 

CONSOLIDATED UNDER INERT ATMOSPHERE 

Eduardo  Trujillo, Jan  Vertommen, Lina  Osorio, Aart Willem Van vuure, Jan  Ivens, Ignaas  Verpoest 

(Katholieke Universiteit Leuven) 

A COMPLETE MICROSTRUCTURAL AND MECHANICAL CHARACTERIZATION OF 

BAMBOO TECHNICAL AND ELEMENTARY FIBERS 

Lina  Osorio, Eduardo  Trujillo, Frederic  Lens (University of Leiden), Jan  Ivens, Aart Willem Van vuure, 

Ignaas  Verpoest (Katholieke Universiteit Leuven) 

INVESTIGATION OF STRENGTH RECOVERY OF RECYCLED HEAT TREATED GLASS FIBRES 

THROUGH CHEMICAL TREATMENTS 

Eduardo  Saez Rodriguez (University of Strathclyde), James  Thomason (University of Strathclyde), Liu  

Yang (University of Strathclyde) 
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RECYCLING OF HIGH PERFORMANCE THERMOPLASTIC COMPOSITES WITH HIGH 

VOLTAGE FRAGMENTATION 

Clemens  Dransfeld (University of Applied Sciences and Arts Northwestern Switzerland), Maxime  Roux 

(University of Applied Sciences and Arts Northwestern Switzerland), Nicolas  Eguemann (Cross Composite 

AG), Lian  Giger (Cross Composite AG)   
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HEALTH MONITORING 

DELAMINATION DETECTION OF ROTORCRAFT FLEX BEAM USING FRACTAL 

DIMENSIONS 

Keshava  Kumar s (Indian Institute of Science), Ranjan  Ganguli (Indian Institute of Science), Dineshkumar  

Harursampath (Indian Institute of Science) 

STRUCTURAL HEALTH MONITORING (SHM) OF COMPOSITE AEROSPACE STRUCTURES 

USING LAMB WAVES 

Shashank  Pant (Carleton University), Jeremy  Laliberte (Carleton University), Marcias  Martinez (Delft 

University of Technology) 

THERMAL AND ULTRASONICS DAMAGE MONITORING AND CHARACTERIZATION IN 

WOVEN COMPOSITES 

Jean-michel  Roche (ONERA) 

PROCESS OPTIMISATION FOR MILLING CARBON/EPOXY COMPOSITE MATERIAL USING 

RESPONSE SURFACE METHODOLOGY AND VIBRATION ANALYSIS 

Hicham  Chibane (Ecole Nationale d'Ingenieurs du Val de Loire), Roger  Serra (Ecole Nationale 

d'Ingenieurs du Val de Loire), Antoine  Morandeau (Universite Francois Rabelais de Tours), René  Leroy 

(Universite Francois Rabelais de Tours) 

CURE MONITORING OF AN AUTOCLAVE MANUFACTURED INDUSTRIAL PART: ADDED 

VALUE OF COMPLEMENTARY INSTRUMENTATION 

F.  Collombet, Y. Angel Davila, Y.H.  Grunevald,  B.  Douchin, L.  Crouzeix, R.  Bazer-bachi (Inst. 

Clément Ader), G.  Luyckx, J.  Degrieck (Ghent U.), C.  Sonnenfeld, T.  Geernaert, F.  Berghmans (Vrije 

U. Brussel), M. Torres (Inst. Pol. Nac.), X. Jacob, Kuo-ting  Wu (Nat. Research Council Ca.), S.  

Rodriguez (U. Paul Sabatier) 

STRUCTURAL GLASS FIBRES FOR OPTICAL DAMAGE, CURE AND MOISTURE INGRESS 

SENSING IN ADVANCE REINFORCED POLYMER COMPOSITES 

Peter  Wilson (University of Sheffield), Simon Antony Hayes (University of Sheffield), Russell  Hand 

(University of Sheffield) 

PROCESS MONITORING OF FRP LAMINATES BY EMBEDDED FIBER OPTIC SENSORS 

Tatsuro  Kosaka (Kochi University of Technology), Akihiro  Matsumoto (Kochi University of Technology), 

Takuya   Kajikawa (Kochi University of Technology), Masayo  Koike (Kochi University of Technology), 

Kazuhiro   Kusukawa (Kochi University of Technology) 
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HEALTH MONITORING, MULTIFUNCTIONAL AND NDE – POSTER 

IMPROVING ROBOTIZED NON DESTRUCTIVE TESTING FOR LARGE PARTS WITH LOCAL 

SURFACE APPROXIMATION AND FORCE CONTROL SCHEME 

Olivier  Patrouix, Sébastien  Bottecchia, Joseph  Canou 

NON-DESTRUCTIVE INSPECTION OF CFRPS USING INDUCTION HEATING 

THERMOGRAPHY 

Yuuki  Shiiya, Masashi  Ishikawa, Yasuo  Kogo, Hiroshi  Hatta, Yoshio  Habuka 

INSPECTION EFFECTIVENESS OF ULTRASONIC TEST FOR SEVERAL DEGRADED FRP 

TANKS IN RBI 

Masahiro  Kusano, Tetsuya  Sakai, Saiko  Aoki, Masatoshi  Kubouchi 

COMPARISON OF THREE NDT TECHNIQUES FOR THE INSPECTION OF AERONAUTIC 

COMPOSITE STRUCTURES 

Robin  Dube, Laurent  Scheed, Jacques  Lewandowski, Laura  Mouret, Marc P. Georges 

FULL FIELD STRAIN CHARACTERISTICS OF COMPOSITE LAMINATE WITH IMPACT 

DAMAGE UNDER IN-PLANE LOAD 

Yu  Zhefeng, Ba  Taxi, Hai  Wang 

REDUCTION OF PHASE NOISE TO ENHANCE DETECTABLE DEPTH OF DEFECTS IN CFRPS 

USING PULSE PHASE THERMOGRAPHY 

Masashi  Ishikawa, Hiroshi  Hatta, Yoshio  Habuka, Shin  Utsunomiya 

INFLUENCE OF STRESS FIELD AT OVERLAP EDGE OF CFRP SINGLE-LAP JOINT ON FIBER 

OPTIC DISTRIBUTED SENSING USING EMBEDDED FBG 

Daichi  Wada, Ning  Xiaoguang, Hideaki  Murayama 

PREPARATION AND CHARACTERIZATION OF OPTICAL FIBERS EMBEDDED SMART 

GEOCOMPOSITE 

Seung woo  Han, Yeong og  Choi 

TOWARDS STRAIN-BASED STRUCTURAL HEALTH MONITORING OF A COMPOSITE 

AIRFOIL UNDER UNCERTAINTY 

Hessamodin  Teimouri, Abbas  Milani, Rudolf  Seethaler, Ali  Abedian, Amir  Heidarzadeh, Behnam  

Teimouri 

IMPACT OF MWCNT ON ELECTRICAL CONDUCTIVITY OF CARBON FIBER MULTISCALE 

COMPOSITES 

Maxime  Arguin, Daniel  Therriault, Frederic  Sirois  
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IMPACT & DYNAMIC RESPONSES 

A MECHANICAL MODEL FOR LAMINATED SHELLS WITH COHESIVE INTERFACES 

LOADED DYNAMICALLY: VERIFICATION AND APPLICATIONS 

Francesca  Campi (University of Genoa), Roberta  Massabo (University of Genoa) 

IRREVERSIBLY ABSORBED ENERGY AND DAMAGE IN GFRP LAMINATES IMPACTED AT 

LOW-VELOCITY 

Giuseppe  Villani (University of Naple), Claudio  Leone (University of Naples Federico II), Valentina  

Lopresto (University of Naples Federico II), Antonio  Langella (University of Naples Federico II), Giancarlo  

Caprino (University of Naples Federico II) 

NONLINEAR RESPONSE OF SHELLS TO BLAST AND IMPACT 

Serge  Abrate (Southern Illinois University at Carbondale) 

EXPERIMENTAL STUDY OF OBLIQUE IMPACTS ON HELICOPTER BLADES – FORCE 

GAUGING BY DIGITAL IMAGE CORRELATION 

Jean-charles  Passieux (Institut Clément Ader), Pablo  Navarro (Institut Clément Ader), Julien  Aubry 

(Institut Clément Ader), Steven  Marguet (Institut Clément Ader), Jean-françois  Ferrero (Institut Clément 

Ader), Jean-noel  Périé (Institut Clément Ader) 

OFFSET FAILURE IN FILLED HOLE COMPRESSION TESTS 

Bruno  Castanié (Institut Clément Ader) 

EDGE IMPACT DAMAGE SCENARIO ON STIFFENED COMPOSITE STRUCTURE 

Ostre  Benjamin (Institut Superieur de l'aeronautique et de lEspace ISAE) 

HIGH VELOCITY IMPACT RESPONSE OF E-GLASS/EPOXY COMPOSITES MODIFIED WITH 

NH2-MWCNT 

Muhammad M Rahman (Tuskegee University), Mahesh  Hosur (Tuskegee University), Shaik  Zainuddin 

(Tuskegee University), Shaik  Jeelani (Tuskegee University) 

IMPROVING BLAST RESISTANCE OF HIGHWAY BRIDGES BY USING FRP 

Yuxin  Pan (Sichuan University), Moe m s  Cheung (Sichuan University) 

BALLISTIC IMPACT OF THERMOPLASTIC COMPOSITES REINFORCED WITH CARBON 

FIBERS 

Hideaki  Kasano (Takushoku University), Mohd azwan shahady  Adzmi (Takushoku University) 

CRITERIA FOR SKIN RUPTURE AND CORE SHEAR CRACKING DURING IMPACT ON 

SANDWICH PANELS 

Robin  Olsson (Swerea SICOMP), Tim Berend Block (Faserinstitut Bremen e.V.) 
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MULTILAYER BALLISTIC SYSTEMS BASED ON DRY FABRICS 

Francisca  Martínez hergueta (IMDEA Materials), Carlos Daniel González (IMDEA Materials), Javier  

Llorca (IMDEA Materials), Tamara  Blanco varela (), Jose J Martínez () 

HYPERVELOCITY IMPACT OF SPACE DEBRIS ON MULTIPLE COMPOSITE BUMPERS: 

EXPERIMENTS & SIMULATIONS USING LS-DYNA 

Abrar-ul-haq khan  Baluch (Korea Advanced Institute of Science & Technology), Yurim  Park (Korea 

Advanced Institute of Science & Technology), Chun Gon  Kim (Korea Advanced Institute of Science & 

Technology), Yunho  Kim (Korea Advanced Institute of Science & Technology) 

REDUCTION OF SHOCK WAVE AMPLIFICATION IN MULTIPLE BALLISTIC FABRIC LAYER 

SYSTEMS 

Andi  Haris (National University of Singapore), Heow pueh  Lee (National University of Singapore), Tong 

earn  Tay (National University of Singapore), Boo cheong  Khoo (National University of Singapore), 

Vincent Bc Tan (National University of Singapore) 

INVESTIGATION OF COMPRESSIVE FAILURE IN ULTRA-HIGH MOLECULAR WEIGHT 

POLYETHYLENE (DYNEEMA®) FIBER COMPOSITES 

Julia Patton Attwood (University of Cambridge), Vikram S Deshpande (University of Cambridge), Norman 

A Fleck (University of Cambridge) 

HIERARCHICAL LIGHTWEIGHT COMPOSITES: GF FABRICS EMBEDDED IN 

MICROCELLULAR NANOCOMPOSITE PEN 

Luigi  Sorrentino (Consiglio Nazionale delle Ricerche), Livia  Cafiero (Consiglio Nazionale delle Ricerche), 

Salvatore  Iannace (National Research Council) 

NUMERICAL AND EXPERIMENTAL DYNAMIC ANALYSIS FOR A CFRP FORMULA SAE 

IMPACT ATTENUATOR 

Simonetta  Boria (University of Camerino), Jovan  Obradovic (Polytechnic Institute of Turin), Giovanni  

Belingardi (Polytechnic Institute of Turin) 

IMPACT ABSORPTION OF COMPOSITES WITH SHEAR THICKENING FLUID FILLED 

FOAMS 

Veronique  Michaud (École polytechnique fédérale de Lausanne) 

ANALYSIS ON LOW-VELOCITY IMPACT DAMAGE OF LAMINATED COMPOSITES USING 

CDM AND CZM MODELS 

Yuxi  Jia (Shandong University) 

MECHANICAL BEHAVIOUR OF GLASS FIBER REINFORCED ALUMINIUM HONEYCOMB 

SANDWICHES 

Emre  Kara (Hitit University), Vincenzo  Crupi (University of Messina), Gabriella  Epasto (University of 

Messina), Eugenio  Guglielmino (University of Messina), Halil  Aykul () 
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COMPRESSION AFTER IMPACT STRENGTH OF A BUCKLING RESISTANT TOW STEERED 

PANEL 

Andrew Thomas Rhead (University of Bath), Richard  Butler (University of Bath), Wenli  Liu (University of 

Bath), Stephen Richard Hallett (University of Bristol), Byungchul  Kim (University of Bristol) 

EFFECT OF BASALT FIBRE HYBRIDIZATION ON THE LOW VELOCITY IMPACT 

BEHAVIOUR OF WOVEN CARBON FIBRE/EPOXY LAMINATES 

Luca  Ferrante, Fabrizio  Sarasini, Jacopo  Tirillò, Marco  Valente, Teodoro  Valente (University of Roma 

La Sapienza), Salvatore  Cioffi (Consiglio Nazionale delle Ricerche), Salvatore  Iannace (National Research 

Council), Luigi  Sorrentino (Consiglio Nazionale delle Ricerche) 

IMPACT BEHAVIOUR OF ELASTOMER BASED FIBRE METAL LAMINATES 

Raj  Das (University of Auckland), Sanjeev  Rao (Centre for Advanced Composite Materials), Richard  Lin () 

COMPARISON OF THE THROUGH THICKNESS STRAIN RATE SENSITIVITY OF E-

GLASS/LPET AND E-GLASS/EPOXY UD LAMINATES 

Rasmus  Eriksen (Technical University of Denmark), Janice Marie Dulieu-barton (University of 

Southampton), Duncan Andrew Crump (University of Southampton), Christian  Berggreen (Technical 

University of Denmark) 

CURE MULTIPHYSIC COUPLINGS EFFECTS ON THE DYNAMIC BEHAVIOUR OF A THICK 

EPOXY 

Christian  Jochum (École Nationale Supérieure de Techniques Avancés, Bretagne) 

STUDY ON PREDICTION OF PENETRATTION ENERGY FOR CA/EP COMPOSITE 

LAMINATES SUBJECTED TO HIGH-VELOCITY IMPACT USING QUASI-STATIC 

PERFORATION EQUATION AND KINECTIC ENERGY MODEL 

Hyun-jun  Cho (Chungnam National University), Seokje  Lee (Chungnam National University), In-gul  Kim 

(Chungnam National University), Kyeongsik  Woo (Chungbuk National University) 

IMPACT BEHAVIOR OF A SIMPLE MULTIFUNCTIONAL PLATE STRUCTURE 

Teo  Mudric, Ugo  Galvanetto, Alessandro  Francesconi, Cinzia  Giacomuzzo, Mirco  Zaccariotto, Antonio 

Mattia Grande, Luca  Di landro (Polytechnic Institute of Milan) 

TESTING OF SANDWICH STRUCTURES WITH CFRP SKINS IN EDGEWISE COMPRESSION 

Dirk  Lukaszewicz (BMW Group), Sindy  Engel (Technische Universitat Bergakademie Freiberg), Christian  

Boegle (BMW Group) 

FAILURE OF SINGLY CURVED SANDWICH PANELS SUBJECTED TO BLAST LOADING 

Chris  Von klemperer (University of Cape Town), Genevieve  Langdon (University of Cape Town), Gerald 

N Nurick (University of Cape Town), Gregory  Sinclair (University of Cape Town) 

BIRD IMPACT STUDY OF A PRELOADED COMPOSITE WIND TURBINE BLADE 

Norimichi  Nanami (Texas A&M University), Ozden O Ochoa (Texas A&M University) 
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EFFECT OF VARIOUS KNITTING TYPES ON IMPACT PROPERTIES OF TEXTILE 

COMPOSITES 

Ozgur  Demircan (Kyoto Institute of Technology), Tadashi  Fujimura (Shima Seiki Mfg., Ltd.), Shinsuke  

Ashibe (SHIMA SEIKI Mfg. Ltd.), Tatsuya  Kosui (SHIMA SEIKI MFG. Ltd..), Asami  Nakai (Gifu 

University) 

MODAL ANALYSIS OF COMPOSITE SANDWICH STRUCTURES WITH VISCOELASTIC 

LAYERS 

Christophe  Leclerc (Ecole Polytechnique de Montreal), Edith roland  Fotsing (Ecole Polytechnique de 

Montreal), Annie  Ross (Ecole Polytechnique de Montreal) 

DAMAGE RESISTANCE AND DAMAGE TOLERANCE OF COMPOSITE LAMINATES WITH 

DISPERSED STACKING SEQUENCES 

Claudio Saul Lopes (IMDEA Materials), Tamer Abdella Sebaey (Zagazig University), Emilio V González 

(Universidad de Gerona), Norbert  Blanco (Universidad de Gerona), Josep  Costa (Universidad de Gerona) 
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IMPACT FATIGUE AND DURABILITY - POSTER 

DURABILITY AND RELIABILITY ASSESSMENT OF CARBON FIBER REINFORCED 

POLYMERS IN CIVIL APPLICATIONS 

Joo Hwan  Yoo, Ki young  Kim 

HIGH CYCLE FATIGUE LIFE EVALUATION OF DAMAGED COMPOSITE ROTOR BLADES 

Youngjung  Kee, Seungho  Kim 

THE INFLUENCE OF TEMPERATURE ON THE STRAIN-RATE DEPENDANT MATERIAL 

BEHAVIOUR OF CFRP UNDER HIGH-DYNAMIC LOADING 

Ralph  Bochynek 

EFFECT OF EMBEDDED FIBER OPTIC SENSOR LENGTH AND ORIENTATION ON SIGNAL 

PROPERTIES DURING FATIGUE LOADING 

Casey James Keulen, Afzal  Suleman, Halit Suleyman Turkmen, Erdem  Akay, Esat Selim Kocaman, 

Mehmet  Yildiz 

INFLUENCE OF LOW VELOCITY IMPACT ON THE FATIGUE BEHAVIOR OF WOVEN 

HEMP/EPOXY COMPOSITE 

Davi Silva De vasconcellos 

VIRTUAL TESTING METHODOLOGY FOR THE DEVELOPMENT OF ADVANCED 

LIGHTWEIGHT DEBRIS CONTAINMENT SYSTEM 

Augustin  Gakwaya, Ameur  Benkhelifa, Dennis  Nandlall, Amal  Bouamoul, Marie laure  Dano 

ENVIRONMENTAL CONDITIONING EFFECTS ON THE MECHANICAL PROPERTIES OF 

TITANIUM FIBER-METAL LAMINATES 

Edson Cocchieri Botelho, Diego Fernando Silva, Antonio carlos  Ancelotti jr, Cesar Augusto Damato 

INTERFACIAL ADHESION AND FATIGUE RESISTANCE OF POLYKETONE/ RUBBER 

COMPOSITE 

Jongsung  Won, Jaejung  Yoo, Sunyoung  Lee, Seunggoo  Lee 

BALLISTIC IMPACT BEHAVIOR OF CARBON NANOTUBE DISPERSED EPOXY RESIN: 

PARAMETRIC STUDIES 

Kedar Sanjay Pandya, Niranjan K Naik 

WEAR RESISTANCE INFLUENCERS OF PARTICLE REINFORCED POLYMER COMPOSITE 

Aare  Aruniit, Jaan  Kers, Andres  Krumme 

EXPERIMENTAL DETERMINATION OF AGEING AND DEGRADATION OF GLASS FIBRE 

REINFORCED COMPOSITES IN PETROCHEMICAL APPLICATIONS 

Anastasios  Toulitsis, Morris  Roseman, Roderick  Martin, Vassilis  Kostopoulos 
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OPTIMIZATION OF IMPACT PERFORMANCE OF COMPOSITES USING ARTIFICIAL 

NEURAL NETWORKS AND EVOLUTIONARY ALGORITHMS 

Abul fazal M Arif, Muhammad Haris  Malik 

FOREIGN OBJECT IMPACT DAMAGE SIMULATION OF TITANIUM MATRIX COMPOSITES 

Tomohiro  Yokozeki, Naoki  Kootsuka, Kouta  Fujiwara, Toyohiro  Sato, Akinori  Yoshimura, Hirokazu  

Shoji 

FATIGUE TESTING OF CLOSED-CELL FOAMS, SPECIMEN DESIGN AND VISCOELASTIC 

CHARACTERIZATION 

Raphael Gerard, Jamal Fajoui, Fréderic Jacquemin, Pascal Casari 

THERMAL BEHAVIOUR OF GLASS FIBRE INVESTIGATED BY THERMOMECHANICAL 

ANALYSIS 

L. Yang, J. Thomason   
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INTERFACE 

STUDY ON INTERFACE COMPATIBILITY OF CARBON FIBER/EPOXY RESIN COMPOSITE 

BY SINGLE FIBER FRAGMENTATION TEST 

Guo  Congcong (Beihang University), Zhan  Maosheng (Beihang University), Zhi  Yang (Xian Aircraft 

Industry Corporation) 

INTERLAMINR FRACTURE TOUGHNESS OF NACRE: A HIGH PERFORMANCE BILOGICAL 

COMPOSITE 

Ahmad  Khayer dastjerdi (McGill University), Reza  Rabiei (McGill University), Francois  Barthelat (McGill 

University) 

STRUCTURATION OF ADHESION PROMOTERS AT INTERFACES: A MOLECULAR LEVEL 

INVESTIGATION 

Maurice  Brogly (Universite de Haute-Alsace) 

STUDY OF INTERPHASE IN EXFOLIATED GRAPHITE NANOPLATELETS/POLYAMDIE12 

NANOCOMPOSITES 

Mehdi  Karevan (Georgia Institute of Technology), Kyriaki  Kalaitzidou (Georgia Institute of Technology) 

FIBER-MATRIX INTERFACE REINFORCEMENT USING ATOMIC LAYER DEPOSITION 

Sari  Katz (Soreq NRC), Yacov  Carmiel (Bar-Ilan University), Irina  Gouzman (Soreq NRC), Chaim  

Sukenik (), Daniel    wagner (), Eitan  Grossman (Soreq NRC) 

DURABILITY AND INTERPHASES IN ADHESIVELY BONDED EPOXY-POLYESTER 

INTERFACES 

Mikko Samuli Kanerva (Aalto University), Essi  Sarlin (Tampere University of Technology), Kosti  Rämö 

(Tampere University of Technology), Olli  Saarela (Aalto University) 

INFLUENCE OF POWDER COATING PRE-CURING TIME ON INTERFACE COATING/EPOXY 

MATRIX COMPOSITE 

Aurore  Lafabrier (Universite de Toulon et du Var), Ahmad  Fahs (Universite de Toulon et du Var), 

Emmanuel  Aragon (Universite de Toulon et du Var), Jean-francois  Chailan (Universite de Toulon et du 

Var) 

PRE-TREATMENT OF CFRP FOR ADHESIVE BONDING USING LOW-PRESSURE BLASTING 

Stefan  Kreling (Technische Universitat Carolo-Wilhelmina Braunschweig), Fabian  Fischer (Technische 

Universitat Carolo-Wilhelmina Braunschweig), Klaus  Dilger (Technische Universitat Carolo-Wilhelmina 

Braunschweig) 

INVESTIGATIONS OF INTERFACIAL ADHESION BETWEEN PZT FIBERS AND EPOXY 

MATRICES 

Guido Sebastian Sommer (Leibniz Institute of Polymer Research Dresden), Edith  Maeder (Leibniz Institute 

of Polymer Research Dresden), Jan  Sander (Leibniz Institute of Polymer Research Dresden) 
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EFFECT OF CYCLIC HYGROTHERMAL AGING ON THE INTERLAMINAR SHEAR 

STRENGTH OF CARBON FIBER/BISMALEIMIDE(BMI) COMPOSITE 

Ye  Li (Beihang University), Yan  Zhao (Beihang University), Dong Xiao Sui (Beihang University) 

TEMPERATURE DEPENDENCE OF THE INTERFACIAL SHEAR STRENGTH IN GLASS 

REINFORCED POLYPROPYLENE AND EPOXY COMPOSITES 

James  Thomason (University of Strathclyde), Liu  Yang (University of Strathclyde) 

THERMAL PROPERTIES OF CARBON MATERIALS REINFORCED ALUMINUM 

COMPOSITES FABRICATED BY HOT PRESSING WITH SEMI-LIQUID PHASE 

Hiroki  Kurita (ICMCB), Jean-marc  Heintz (ICMCB), Jean-francois  Silvain (Centre National de la 

recherche scientifique CNRS) 

CHEMICAL GRAFTING CNT ONTO CF SURFACE BY ELECTROPHORESIS METHOD 

Yuxin  Li (Harbin Institute of Technology) 

A NEW HIERARCHICAL REINFORCEMENT: GRAFTING GRAPHENE OXIDE ONTO 

CARBON FIBER 

Qingyu  Peng (Harbin Institute of Technology) 

CARBON NANOTUBE REINFORCED FIBER/EPOXY MULTI-SCALE HYBRID COMPOSITES 

VIA ELECTROPHORETIC DEPOSITION: MULTIFUNCTIONAL PROPERTIES, PROCESSING, 

CHARACTERIZATION AND MODELING 

Qi  An (University of Delaware), Andrew N Rider (Australian Government Defence Science and 

Technology Organisation), Erik T Thostenson (University of Delaware) 

MECHANICAL PERFORMANCE OF GLASS WOVEN FABRIC COMPOSITE: EFFECT OF 

HYBRID INTERPHASE WITH DIFFERENT SURFACE TREATMENT AGENTS 

Kohsuke  Togashi (Kyoto Institute of Technology), Mengyuan  Liao (Kyoto Institute of Technology), Yuqiu  

Yang (Donghua University), Hiroyuki  Hamada (Kyoto Institute of Technology) 

SURFACEMODIFICATIONS ON BASALTFIBERS 

Yanpei  Li (Donghua University, Shanghai), Jilong  Wang (Donghua University, Shanghai), Hiroyuki  

Hamada (Kyoto Institute of Technology), Yiping  Qiu (Donghua University, Shanghai), Yang  Yuqiu 

(Donghua University, Shanghai) 

ADHESION BETWEEN A FLAX FIBER AND BIOBASED THERMOSET MATRIX 

Laetitia  Marrot (Universite de Bretagne Sud) 

MOLECULAR MODELING OF EPON-862/GRAPHITE COMPOSITES:INTERFACIAL 

CHARACTERISTICS 

Cameron  Hadden (Michigan Technological University) 
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CURING REACTION OF BENZOXAIZNE CONTAINING CYANO AND PROPARGYL GROUPS 

Qiao Long Yuan (East China University of Science and Technology), Lei  Du (East China University of 

Science and Technology), Farong  Huang (East China University of Science and Technology) 

CHARACTERIZATION OF SHORT GLASS-FIBRE REINFORCED POLYPROPYLENE 

COMPOSITES IN TENSION AND COMPRESSION 

Michael  Jerabek (Borealis Polyolefine GmbH), Simon  Gastl (Borealis Polyolefine GmbH), Anna Maria 

Hartl (Johannes Kepler University Linz), Martin  Reiter (Johannes Kepler University Linz) 

EFFECT OF AU-ION IRRADIATION ON SILICON CARBIDE COMPOSITES 

Nihed  Chaâbane, Marion  Le flem, Thierry  Vandenberghe, Stéphane  Urvoy, Paul  Dumas, Yves  Serruys 

(Commisariat a lenergie atomique et aux energies alternatives CEA) 

PIEZO-RESISTIVE BEHVIOUR OF MULTIFUNCTIONAL CNT REINFORCED INTERPHASES 

IN GF/PP COMPOSITES DURING THERMAL-MECHANICAL LOADING 

Niclas  Wiegand (Leibniz Institute of Polymer Research Dresden), Edith  Maeder (Leibniz Institute of 

Polymer Research Dresden) 

SURFACE TREATMENT OF CARBON FIBERS BY ULTRAVIOLET LIGHT+OZONE: ITS 

EFFECT ON FIBER SURFACE AREA AND TOPOGRAPHY 

Michael  Rich (Michigan State University), Lawrence T Drzal (Michigan State University), Edward K 

Drown (Michigan State University), Per  Askeland (Michigan State University) 

INTERFACIAL EVALUATION OF CARBON FIBER/CNT-PHENOLIC COMPOSITES BY DUAL 

MATRIX COMPOSITES 

Joung-man  Park (Gyeongsang National University), Zuo jia  Wang (Gyeongsang National University), 

Dong-jun  Kwon (Gyeongsang National University), Ga-young  Gu (Gyeongsang National University), 

Lawrence K. Devries (University of Utah) 

INVESTIGATION OF SUBCRITICAL CRACK GROWTH IN GLASS FIBERS USING LOAD 

RELAXATION TESTS ON BUNDLES 

Jacques Luc Lamon (Centre National de la recherche scientifique CNRS) 

SIMULATION OF THE MECHANICAL BEHAVIOR OF A THREE DIMENSIONAL 

COMPOSITE 

Alain  Rassineux (Universite de Technologie de Compiegne), Manh hung  Ha (Universite de Technologie de 

Compiegne), Ludovic  Cauvin (Universite de Technologie de Compiegne) 

PHASE SEPARATED EPOXY/POM MATRIX FOR CARBON FIBRE REINFORECED 

COMPOSITES 

Mohammadali  Aravand (Katholieke Universiteit Leuven), Larissa  Gorbatikh (Katholieke Universiteit 

Leuven), Stepan V. Lomov (Katholieke Universiteit Leuven), Ignaas  Verpoest (Katholieke Universiteit 

Leuven) 
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INFLUENCE OF CROSSLINK RATIO ON THE MECHANICAL PROPERTIES OF POLYMERIC 

NANOCOMPOSITES AND INTERPHASE: A MOLECULAR DYNAMICS SIMULATION 

Byungjo  Kim (Seoul National University), Joonmyung  Choi (Seoul National University), Suyoung  Yu 

(Seoul National University), Seunghwa  Yang (Dong-A University), Maenghyo  Cho (Seoul National 

University) 

DETERMINING THE MECHANICAL INTERPHASE THICKNESS OF POLYMERIC 

NANOCOMPOSITES USING MULTISCALE APPROACH 

Joonmyung  Choi (Seoul National University), Hyunseong  Shin (Seoul National University), Suyoung  Yu 

(Seoul National University), Seunghwa  Yang (Dong-A University), Maenghyo  Cho (Seoul National 

University) 

CNT-GRAFTED CARBON FIBER COMPOSITES: CHARACTERIZATION OF THE 

FIBER/MATRIX INTERFACE 

Niels  De greef (Katholieke Universiteit Leuven), Aranud  Magrez (École polytechnique fédérale de 

Lausanne), Jean-pierre  Locquet (Katholieke Universiteit Leuven), László  Forró (École polytechnique 

fédérale de Lausanne), Jin won  Seo (Katholieke Universiteit Leuven) 

PRODUCTION AND EVALUATION OF INTRA-FILAMENT HYBRIDS 

Richard  Murray (University of Birmingham) 

SURFACE TREATMENT OF CONTINUOUS FIBER FOR IMPREGNATION AND 

MECHANICAL PROPERTIES OF THERMOPLASTIC COMPOSITES 

Koichi  Bun (Kyoto Institute of Technology), Jun  Hirai (Tsudakoma Corporation), Asami  Nakai (Gifu 

University), Hiroyuki  Hamada (Kyoto Institute of Technology), Akira  Fudauchi (Kyoto Institute of 

Technology) 

FINITE ELEMENT ANALYSIS OF DELAMINATION GROWTH WITH FRACTURE 

RESISTANCE DEPENDENT ON MIXED-MODE RATIO AND FIBER ORIENTATION 

Atsushi  Kondo (Tokyo Metropolitan University), Yasuhito  Mikami (Tokyo Metropolitan University) 

INTERFACE DESIGN OF 3D WIRE STRUCTURES FOR METAL MATRIX COMPOSITES 

Steffen  Kaina (Technische Universitat Dresden), Bernd  Kieback (Technische Universitat Dresden), Daniel  

Weck (Technische Universitat Dresden), Olaf  Andersen (Fraunhofer IFAM Dresden), Günter  Stephani, 

Eva   Kieselstein, Andreas  Bascha 

NOTCHED-BUTT TEST FOR THE DETERMINATION OF ADHESION STRENGTH AT 

BIMATERIAL INTERFACES 

Bernd  Lauke (Leibniz-Istitut fue Polymerforschung Dresden e.V.), Alberto  Barroso (Universidad de 

Sevilla) 

TENSILE PROPERTIES OF PAN- AND PITCH-BASED HYBRID CARBON FIBER 

REINFORCED EPOXY MATRIX COMPOSITES 
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Kimiyoshi  Naito (National Institute for Materials Science) 

IMPROVEMENT OF INTERFACIAL SHEAR STRENGTH USING ELECTROSTATICALLY 

DEPOSITED NANO-PARTICLES 

Benjamin  Rutz (University of Washington), John C Berg (University of Washington) 

NUMERICAL APPROACH FOR EFFECTIVE PROPERTIES OF WOOD COMPOSITES WITH 

PARTIAL RESIN COVERAGE OF STRANDS 

Sardar  Malekmohammadi (University of British Columbia), Benjamin  Tressou (Institut Pprime CNRS 

ISAE-ENSMA), Carole  Nadot-martin (Institut Pprime CNRS ISAE-ENSMA), Fernand  Ellyin (University 

of British Columbia), Reza  Vaziri (University of British Columbia) 
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INTERLAMINAR REINFORCEMENTS 

DELAMINATION PERFORMANCE OF TUFTED CARBON/EPOXY COMPOSITES MADE BY 

AUTOMATED DRY FIBRE PLACEMENT 

Diego Marcelo Lombetti (Cranfield University), Giuseppe  Dell'anno (Cranfield University), Ivana 

Katherine Partridge (University of Bristol), Alex  Skordos (Cranfield University) 

INTERLAMINAR REINFORCEMENT BY ALIGNED CARBON NANOTUBES IN CARBON 

FIBER REINFORCED POLYMER COMPOSITES 

Felix N Nguyen (Toray Composites (America)), Kenichi  Yoshioka (Toray Industries Inc.), Al  Haro (Toray 

Composites America Inc.), Noriyuki  Hirano (Toray Industries Inc.), Swezin  Than tun (Toray Composites 

(America)), Raquel  Ovalle robles (University of Texas at Dallas) 

COMPATIBILITY ASSESSMENT BETWEEN INTERLEAVING NANOFIBERS AND COMPOSITE 

LAMINATES 

Kunigal N Shivakumar (North Carolina A&T State University), Sandi G Miller (NASA), Raghu  Panduranga 

(North Carolina Agricultural and Technical State University), Matthew M Sharpe (North Carolina 

Agricultural and Technical State University) 

MECHANICAL PROPERTIES OF WOVEN FIBERGLASS COMPOSITE LAMINATE 

INTERLEAVENED WITH GLASS NANOFIBERS 

Ajit D. Kelkar (North Carolina A&T State University), Ram  Mohan (North Carolina A&T State University), 

Dattaji  Shinde (North Carolina A&T State University), Evan  Kimbro (North Carolina A&T State 

University) 

EFFECT OF NAPS WITH ANISOTROPIC ORIENTATION BETWEEN LAYERS ON 

MECHANICAL PROPERTIES OF WOVEN COMPOSITES 

Jun  Hirai (Tsudakoma Corporation), Akio  Ohtani (Gifu University), Asami  Nakai (Gifu University), 

Hiroyuki  Hamada (Kyoto Institute of Technology) 

FABRICATION OF SELF-AMELIORATING MICROPHASES BETWEEN COMPOSITE PLIES BY 

INKJET PRINTING 

Yi  Zhang (University of Sheffield) 

INTERLAMINAR CHARACTERISTICS OF CFRP WITH THERMOPLASTIC PARTICLES 

Takayuki  Uno (Gifu University), Akio  Ohtani (Gifu University), Asami  Nakai (Gifu University), Teiji  Ito 

(Daicel-Evonik Ltd.), Eiji  Takenaka (Daicel-Evonik Ltd.), Mitsuteru  Mutsuda (Daicel-Evonik Ltd.) 

PLASMA TREATED CARBON NANOTUBE COATINGS ON THE FRACTURE TOUGHNESS OF 

GLASS PREPREGS. 

John  Williams (University of Bristol), Sameer  Rahatekar (University of Bristol) 

  



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

JOINTS 

EFFECTS OF PROCESSING PARAMETERS ON ELECTRO-FUSION JOINING BEHAVIOR OF 

CF/PPS COMPOSITES 

Daiki  Tanabe (Osaka University), Shinji  Tsutaya (Kinki University), Kazuaki  Nishiyabu (Kinki University), 

Tetsusei  Kurashiki (Osaka University) 

SURFACE PRE-TREATMENT OF CFRP BY USING LASER RADIATION 

Fabian  Fischer (Technische Universitat Carolo-Wilhelmina Braunschweig), Stefan  Kreling (Technische 

Universitat Carolo-Wilhelmina Braunschweig), Klaus  Dilger (Technische Universitat Carolo-Wilhelmina 

Braunschweig) 

EVALUATION OF BEARING DAMAGE BEHAVIOR IN THIN TITANIUM FILMS-CFRP 

HYBRID LAMINATE 

Tomoki  Yamada (Tokyo University of Science), Hayato  Nakatani (Osaka City University), Shinji  Ogihara 

(Tokyo University of Science) 

COMPARISON OF MECHANICAL PROPERTIES IN WELDING JOINT METHODS OF CF/PP 

Yasutomo  Nomura (The University of Tokyo), Kiyoshi  Uzawa (Kanazawa Institute of Technology), 

Hideaki  Murayama (The University of Tokyo), Isamu  Ohsawa (The University of Tokyo), Jun  Takahashi 

(The University of Tokyo) 

PULL-OFF TEST AND SIMULATION OF DUCTILE ADHESIVE BONDED CONPOSITE T-

JOINTS 

Hao  Cui (Delft University of Technology), Sotiris  Koussios (Delft University of Technology), Yulong  Li 

(Northwestern Polytechnical University) 

OPTIMAL DESIGN OF THE EPOXY ADHESIVE JOINTS WITH CORE-SHELL STRUCTURED 

META-ARAMID/EPOXY NANOFIBER AT CRYOGENIC ENVIRONMENT 

Hyun ju  Oh (Chonbuk National University), Da hye  Kim (Chonbuk National University), Hakyong  Kim 

(Chonbuk National University), Hui yun  Hwang (Andong National University), Seong su  Kim (Chonbuk 

National University) 

FRACTURE MECHANISM OF MECHANICALLY FASTENED CFRTP 

Kotaro  Shinohara (The University of Tokyo), Jun  Takahashi (The University of Tokyo), Kiyoshi  Uzawa 

(Kanazawa Institute of Technology), Hideaki  Murayama (The University of Tokyo), Isamu  Ohsawa (The 

University of Tokyo) 

AN ANALYTICAL MODEL TO IMPROVE THE EFFICIENCY OF NUMERICAL ANALYSES OF 

COMPOSITE BOLTED LAP JOINTS SUBJECTED TO HIGH RATES OF LOADING 

Philip Anthony Sharos (University of Limerick), Conor T. Mccarthy (University of Limerick) 

ON THE PROLIFERATION OF STANDARD TESTS FOR COMPOSITE BEARING STRENGTH 

Adam John Sawicki (The Boeing Company)    
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JOINING – POSTER 

NOVEL INDUCTION HEATING TECHNIQUE FOR JOINING OF CARBON FIBRE 

COMPOSITES 

Chris M Worrall 

IMPROVEMENT METHOD OF THE ADHESIVE BONDING BETWEEN THE PEI AND CFRP 

FOR THE ULTRACENTRIFUGE ROTOR 

Soon Ho Yoon 

EFFECT OF GEOMETRIC ERRORS ON THE BEHAVIOUR OF MULTI-BOLT COMPOSITE 
JOINTS
Christophe  Bois, Julie  Lecomte, Erwann  Le goff, Jean-christophe  Wahl, Hervé  Wargnier 

ADHESION AND DEGRADATION OF WELL-DESIGNED TITANIUM-PEEK INTERFACES 

WITHIN TITANIUM-CF/PEEK LAMINATES 

Karola  Schulze 

ADHESIVE BONDING LAP SHEAR STRENGTH IMPROVEMENT OF CFR(PEEK) LAMINATES 

BY SURFACE MORPHOLOGY MODIFICATIONS 

Réda el hak  Ourahmoune, Michelle  Salvia, Nadir  Mesrati, Thomas  Mathia 

FRACTURE ANALYSIS OF NEEDLE PUNCHED NONWOVEN COMPOSITE WITH OPEN HOLE 

Zhiyuan  Zhang, Gustav Martin Wizemann, Yuqiu  Yang, Hiroyuki  Hamada 

THE EPOXY BEHAVIOR OF CFRP ACCORDING TO CLEARANCE AND PRESSURE IN 

COMPRESSION MOLDING FOR U-CHANNEL 

Hyun ho  Kim, Minsik  Lee, Chung-gil  Kang 

FAILURE MECHANISM OF A SINGLE-LAP HYBRID JOINT OF COMPOSITE LAMINATE 

SCREWED AND BONDED TO A STEEL PLATE 

Songwei  Wang, Xiaoquan  Cheng, Zhonghai  Li, Jiayi  Qi, Qunfeng  Cheng 

NUMERICAL STUDY ON ULTRASONIC WELDING JOINT FOR CFRTP 

Kazuya  Suzuki, Isamu  Ohsawa, Jun  Takahashi, Kiyoshi  Uzawa 

JOINT EFFICIENCY OF MULTI-POINT SPOT ULTRASONIC WELDING FOR CFRTP 

Tomoko  Tomioka, Kiyoshi  Uzawa, Hideaki  Murayama, Isamu  Ohsawa, Jun  Takahashi 

INTERFACE MICROSTRUCTURE OF A DOUBLE-POURED AL/AL-5CU BIMETALLIC 

COMPOSITE 

Guo  Wu, Marina  Galano, Keyna  O'reilly 
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JOINT STRENGTH OF CO-CURED COMPOSITE STRUCTURES USING Z-PINNING PATCH 

I. Choi, J. Jeong, S. Cheong 
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LCM - CHARACTERIZATION 

CHEMICAL SHRINKAGE AND THERMOMECHANICAL CHARACTERIZATION OF 

DIFFERENT RESIN SYSTEMS AND PREPREGS DURING CURE BY A NOVEL IN SITU 

MEASUREMENT METHOD 

Catherine  Billotte (Ecole Polytechnique de Montreal), Edu  Ruiz (Ecole Polytechnique), Clémentine  

Fellah (Ecole Polytechnique de Montreal) 

EFFECT OF NANOGRAPHITE ON THERMAL PROPERTIES OF LIQUID MOLDED 

POLYAMIDE-6 LAMINATES 

Peter W. Barfknecht (University of Alabama - Birmingham), Selvum Brian Pillay (University of Alabama - 

Birmingham), Uday K Vaidya (University of Alabama - Birmingham) 

RTM OPTIMAL INJECTION VELOCITY DETERMINATION BY CAPILLARY RISE 

MEASUREMENTS USING INFRARED THERMOGRAPHY 

Christophe  Ravey (Ecole Polytechnique de Montreal), Edu  Ruiz (Ecole Polytechnique), François  Trochu 

(Ecole Polytechnique de Montreal) 

NUMERIC MODELING OF THE FIBROUS MATERIAL WEAVING PROCESS FOR 

COMPOSITE MATERIAL 

Charlotte  Florimond (INSA), Emmanuelle  Vidal-sallé (Institut National des Sciences Appliquees de Lyon), 

Philippe  Boisse (Institut National des Sciences Appliquees de Lyon), Jérôme  Vilfayeau (ENSAIT) 

MODELLING DUAL-SCALE FLOW-DEFORMATION PROCESSES IN COMPOSITES 

MANUFACTURING 

Mohammad Sadegh Rouhi (Chalmers University of Technology), Maciej  Wysocki (Swerea SICOMP), 

Ragnar  Larsson (Chalmers University of Technology) 

CARBON FIBER’S SURFACE CHEMISTRY AND SELF-ASSEMBLED INTERPHASE 

FORMATION IN FIBER REINFORCED POLYMER COMPOSITES 

Felix N Nguyen, Al  Haro (Toray Composites (America)), Kenichi  Yoshioka, Daigo  Kobayashi, Yoshifumi  

Nakayama, Tomoko  Ichikawa (Toray Industries Inc.), Eric  Aston (University of Idaho) 
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LCM  - PERMEABILITY 

EFFECT OF SPECIMEN HISTORY ON MEASURED IN-PLANE PERMEABILITY OF FABRICS 

Andreas  Endruweit (University of Nottingham), Xuesen  Zeng (University of Nottingham), Andrew C 

Long (University of Nottingham) 

INFLUENCE OF THE SHEARING OF TEXTILES ON THE IN-PLANE PERMEABILITY 

Matthias  Arnold (Institut fuer Verbundwerkstoffe GmbH), Massimo  Cojutti (Audi AG), Peter  Mitschang 

(Institut fuer Verbundwerkstoffe GmbH) 

OPTICAL PERMEABILITY MESUREMENTS OF NCF: INFLUENCE OF MATERIAL 

PROPERTIES ON THE 2D PREFORM PERMEABILITY 

Ralf  Schledjewski (Montanuniversitat Leoben), Harald  Grössing (Montanuniversitat Leoben) 

DETECTION OF PERMEABILITY VARIATIONS IN FOR EARLY QUALITY ASSESSMENT IN 

LIQUID COMPOSITE MOLDING 

Claudio  Di Fratta, Luigi  Di lillo, Florian  Klunker, Paolo  Ermanni (Swiss Federal Institute of Technology, 

Zurich) 
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LCM  - PROCESSING 

A STUDY OF CONSOLIDATION EQUILIBRIUM IN COMPOSITE PARTS MADE BY FLEXIBLE 

INJECTION 

Joffrey  Renaud (Ecole Polytechnique de Montreal), Philippe  Causse (Ecole Polytechnique de Montreal), 

Edu  Ruiz (Ecole Polytechnique), François  Trochu (Ecole Polytechnique de Montreal) 

HIGH-PRESSURE RTM PROCESS VARIANTS FOR MANUFACTURING OF CARBON FIBER 

REINFORCED COMPOSITES 

Raman  Chaudhari (Fraunhofer Institute for Chemical Technology (ICT)), Michael  Karcher (Fraunhofer 

Institute for Chemical Technology (ICT)), Peter  Elsner (Fraunhofer Institute for Chemical Technology 

(ICT)), Frank  Henning (Fraunhofer Institute for Chemical Technology (ICT)) 

INVESTIGATION OF INFLUENCING PARAMETERS WITH RESPECT TO FILLING TIME IN 

VIBRATION ASSISTED RTM PROCESSES 

Reinhold  Meier (Technische Universitat Munchen), Julian  Heim (Technische Universitat Munchen), Swen  

Zaremba (Technische Universitat Munchen), Klaus  Drechsler (Technische Universitat Munchen) 

INVESTIGATION OF CNT FILTERING ACCORDING TO IN-PLANE AND OUT-OF-PLANE 

LCM INJECTION STRATEGIES 

Timo  Grieser (Institut fuer Verbundwerkstoffe GmbH), Peter  Mitschang (Institut fuer Verbundwerkstoffe 

GmbH) 

PREFORM COMPACTION AND DEFORMATION DURING THROUGH-THE-THICKNESS 

IMPREGNATION 

David  Becker (Institut fuer Verbundwerkstoffe GmbH), Markus  Brzeski (Institut fur Verbundwerkstoffe 

GmbH), Dominik  Linster (Request Pending), Peter  Mitschang (Institut fuer Verbundwerkstoffe GmbH) 

PREFORM INFLUENCE ON MECHANICAL BEHAVIOR OF STIFFENED PANELS 

MANUFACTURED BY LIQUID RESIN INFUSION 

Thomas  Bonnemains (Universite de Bretagne Occidentale), Eric  Lolive (Universite de Bretagne 

Occidentale), Franck  Le poulain (Universite de Bretagne Occidentale) 
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LCM - PROCESS MODELING 

MODELING OF NON-ISOTHERMAL LIQUID COMPOSITE MOLDING: THE HEAT 

DISPERSION ISSUE 

Pavel  Simacek (University of Delaware), Suresh G Advani (University of Delaware) 

PROCESS INDUCED DEFORMATION OF AIRCRAFT STRUCTURAL COMPONENTS 

Paul A Trudeau (Bombardier), Hasan  Salek (Bombardier), Marc-andre  Jette (Bombardier), Pascal  Hubert 

(McGill University), Cristian  Demaria (McGill University), Genevieve  Palardy (McGill University) 

PROCESSING WARPAGE OF ASYMMETRIC COMPOSITE PANELS MANUFACTURED BY 

RESIN TRANSFER MOLDING 

Philippe  Causse (Ecole Polytechnique de Montreal), Edu  Ruiz (Ecole Polytechnique), François  Trochu 

(Ecole Polytechnique de Montreal) 

MULTI-OBJECTIVE INFUSION OPTIMIZATION IN VACUUM ASSISTED RESIN TRANSFER 

MOULDING (VARTM) USING GENETIC ALGORITHMS 

Giacomo  Struzziero (Cranfield University), Alex  Skordos (Cranfield University) 

INDUSTRIAL SIMULATION OF LIQUID RESIN INFUSION BY THE FINITE ELEMENT 

METHOD 

Arnaud  Dereims (Ecole Nationale Superieure des Mines de St-Etienne), Sylvain  Drapier (Ecole Nationale 

Superieure des Mines de St-Etienne), Jean-michel  Bergheau (Ecole Nationale d'Ingenieurs de Saint-

Etienne), Patrick  De luca 

MONITORING AND SIMULATION OF THE VACUUM INFUSION PROCESS 

Alper  Aktas (University of Southampton), Stephen  Boyd (University of Southampton), Ajit  Shenoi 

(University of Southampton) 

PERMEABILITY ANALYTICAL MODELING OF 3D INTERLOCK FABRICS 

Nicolas  Vernet (Ecole Polytechnique de Montreal), François  Trochu (Ecole Polytechnique de Montreal) 

A SIMULATION-BASED METHOD OF PERMEABILITY PREDICTION FOR RTM PROCESS 

SIMULATION 

Christoph  Hahn (Technische Universitat Munchen), Christophe  Binetruy (Ecole Centrale de Nantes), 

Roland  Hinterhoelzl (Technische Universitat Munchen) 

A STUDY OF THE QUALITY OF COMPLEX PARTS MADE USING THE MOULDLESS VARTM 

METHOD 

Chris Larose Polowick (Carleton University) 
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LCM – SATURATION 

MODELING OF IN-PLANE VOID TRANSPORT DURING COMPOSITES PROCESSING 

John Joseph Gangloff jr. (University of Delaware), Claire  Daniel (Institut superieur de mecanique de Paris 

- SUPMECA), Suresh G Advani (University of Delaware) 

EXPERIMENTAL STUDY ON THE IDENTIFICATION OF SATURATION OF A POROUS 

MEDIA THROUGH THERMAL ANALYSIS 

Maxime  Villiere (U. de Nantes), Sébastien  Gueroult, Joël  Bréard (U. du Havre), Vincent  Sobotka, 

Nicolas  Boyard, Didier  Delaunay (Centre Nat. de la recherche scientifique CNRS) 

VOID MINIMIZATION AND OPTIMIZATION OF INJECTION VELOCITY IN RTM 

PROCESSING 

Christophe  Ravey, François  Lebel, Edu  Ruiz, Hubert  Courteau-godmaire, François  Trochu (Ecole 

Polytechnique de Montreal) 

A MICROMECHANICS BASED MODEL OF RESIN FLOW IN FABRIC WITH CROSS-FLOW 

AND OVER-FLOW EFFECTS 

D.  Roy mahapatra 
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LIFE CYCLE ANALYSIS & RELIABILITY 

REDUCING USE OF STYRENE MONOMERS IN UNSATURATED POLYESTER RESINS 

Christopher  Hansen (University of Massachusetts at Lowell), Richard A Poillucci (University of 

Massachusetts at Lowell) 

QUANTIFICATION OF SOURCES OF VARIABILITY IN CRFP PLATES CURED IN 

AUTOCLAVE 

Yves Angel Davila (Institut Clément Ader), Laurent  Crouzeix (Institut Clément Ader), Bernard  Douchin 

(Institut Clément Ader), Francis  Collombet (Institut Clément Ader), Yves-henri  Grunevald 

SHADES OF GREEN: PRELIMINARY LCA OF BIOBASED POLYMER RESINS FOR 

COMPOSITE MATERIALS 

Jonathon  Chard (University of Surrey), Lauren  Basson (University of Surrey), Gavin  Creech (Scott Bader 

Company Ltd), David  Jesson (University of Surrey), Paul A Smith (University of Surrey) 
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MECHANICAL BEHAVIOR 

INVESTIGATION ABOUT FRACTURE MODE AND STRENGTH IN CURVED SECTION OF 

CARBON FIBER REINFORCED POLYPROPYLENE 

Yi  Wan (The University of Tokyo), Takeshi  Goto (The University of Tokyo), Tsuyoshi  Matsuo (The 

University of Tokyo), Jun  Takahashi (The University of Tokyo), Isamu  Ohsawa (The University of Tokyo) 

ELASTIC MODULUS ESTIMATION OF CHOPPED CARBON FIBER TAPE REINFORCED 

THERMOPLASTICS USING THE MONTE CARLO SIMULATION 

Yu  Sato (The University of Tokyo), Jun  Takahashi (The University of Tokyo), Tsuyoshi  Matsuo (The 

University of Tokyo), Isamu  Ohsawa (The University of Tokyo), Kohei  Kiriyama (), Satoshi  Nagoh 

(Toyobo Co., Ltd.) 

CONTROLLED IMPACT TESTING OF CARBON FIBRE COMPOSITES WITH AND WITHOUT 

CARBON NANOTUBES AND/OR SMA WIRES 

Katerina  Sofocleous (University of Cyprus), Vassilis  Drakonakis (University of Cyprus), Stephen L Ogin 

(University of Surrey), Haris  Doumanidis (University of Cyprus) 

EFFECT OF FIBER LENGTH, TYPE, AND VOLUME FRACTION ON FLEXURAL STRENGTH OF 

DISCONTINUOUS CARBON/CARBON COMPOSITES 

Daniel  Heim, Alexander  Matschinski, Thomas  Kandler, Swen  Zaremba, Klaus  Drechsler (Technische 

Universitat Munchen), Christian  Klotz (SGL CARBON GmbH) 
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MECHANICAL PROPERTIES 

INTERFACE-CORRELATED BONDING PROPERTIES OF A ROLL BONDED AL-CU SHEET 

Kwang seok  Lee (Korea Institute of Materials Science), Yong-nam  Kwon (Korea Institute of Materials 

Science) 

CRUSH RESPONSE OF 2D AND 3D HYBRID WOVEN COMPOSITES 

Mark  Pankow (North Carolina State University), Anthony M Waas (University of Michigan - Ann Arbor), 

Chian-fong  Yen () 

THE HIVOCOMP PROJECT: CARBON FIBRE/PA12 HYBRID SINGLE POLYMER 

COMPOSITES 

Peter  Hine (University of Leeds), Yentl  Swolfs (Katholieke Universiteit Leuven), Ian  Ward (University of 

Leeds), Ignaas  Verpoest (Katholieke Universiteit Leuven), Mark  Bonner (University of Leeds), Maximilian  

Mitwalsky (Technische Universitat Munchen) 

STUDY OF NOTCH-SENSITIVITY OF CARBON-GLASS INTRAPLY LAMINATES FOR 

AEROSPACE APPLICATIONS 

Don  Lee (Toray Composites (America)), Jeffrey  Satterwhite (Toray Composites (America)) 

GRAPHENE BASED POLY(VINYL ALCOHOL) NANOCOMPOSITES: EFFECT OF HUMIDITY 

CONTENT 

Alessandro  Pegoretti (University of Trento) 

EFFECTS OF THE CURE PRESSURE ON INTERLAMINAR SHEAR STRENGTH OF CFRP/STEEL 

HYBRID LAMINATE CURED BY HOT PRESSING FOR A SHORT TIME 

Wen-xue  Wang (Kyushu University), Terutake  Matsubara (Kyushu University), Yoshihiro  Takao 

(Kumamoto Institute of Technology), Kenzo  Yasuda (NHK SPRING Co. LTD.), Ryousuke  Hayashi () 

MECHANICAL CHARACTERISTIC AND STRENGTH PREDICTION OF FILLED HOLE 

COMPOSITE LAMINATE UNDER COMPRESSION LOADING 

Xiao Jing Zhang (Shanghai Jiaotong University), Zhuyu  Jin (Shanghai Jiao Tong University), Cheng  Chen 

(Shanghai Jiao Tong University), Hai  Wang (Shanghai Jiao Tong University) 

THE EFFECT OF GAS TEXTURING TECHNOLOGY ON THE TENSILE BEHAVIOUR OF 

UNIDIRECTIONAL (UD) CARBON FIBRE (CF) REINFORCED POLYAMIDE-12(PA-12) 

COMPOSITE 

Hele  Diao (Imperial College of Science), Paul  Robinson (Imperial College of Science), Michael R Wisnom 

(University of Bristol), Alexander  Bismarck (Imperial College of Science) 

MECHANICAL BEHAVIOR OF THIN TITANIUM FILMS / CFRP HYBRID LAMINATES 

CONTAINING TRANSITION REGION 

Yuhei  Nekoshima (Tokyo University of Science), Daiki  Mitsumune (Tokyo University of Science), Hayato  

Nakatani (Osaka City University), Shinji  Ogihara (Tokyo University of Science) 
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IMPROVED COMPRESSION STRENGTH OF CARBON/GLASS/EPOXY HYBRID 

COMPOSITES 

Christen Malte Markussen (Technical University of Denmark) 

A NEW REGULARIZED VIRTUAL FIELDS METHOD FOR COMPOSITE MATERIAL 

PARAMETERS IDENTIFICATION 

Behzad  Rahmani (Ecole Polytechnique de Montreal), Martin  Lévesque (Ecole Polytechnique de Montreal), 

Isabelle  Villemure (Ecole Polytechnique de Montreal) 

A STUDY ON THE DEVELOPMENT OF PREDICTION EQUATION OF PIEZOELECTRIC 

CHARATERISTICS FOR GLASS FIBER EPOXY COMPOSITES 

Hui yun  Hwang (Andong National University) 

THERMAL CONDUCTIVITY OF CARBON FIBER FABRICS 

Yue  Yang (University of Ottawa), Francois  Robitaille (University of Ottawa), Simon James Hind (National 

Research Council Canada) 

STIFFNESS EVALUATION OF THE COMPOSITE LAMINATES WITH WAVY PLIES AND 

THEIR STABILITY ANALYSIS 

Hamid  Dalir (Bombardier), Jean-Evrard  Brunel (Bombardier), Franck  Dervault (Borland Software 

Corporation), Alain  Landry () 

MODELING 4-POINT BENDING OF THIN CARBON-EPOXY LAMINATES 

David  Thibaudeau (Royal Military College of Canada), Diane  Wowk (Royal Military College of Canada), 

Catharine  Marsden (Royal Military College of Canada) 

TIME-TEMPERATURE BEHAVIOUR OF POLYIMIDE MATRIX 

Thibaut  Crochon (Ecole Polytechnique de Montreal), Martin  Lévesque (Ecole Polytechnique de Montreal), 

Chun  Li (National Research Council Canada), Simon  Dulong (Ecole Polytechnique de Montreal) 

PBO FABRIC REINFORCED THERMOPLASTIC COMPOSITE MANUFACTURED BY 

SOLUTION IMPREGNATION METHOD 

Anchang  Xu (Shinshu University) 

TENSILE AND COMPRESSION PROPERTIES OF HYBRID COMPOSITES – A COMPARATIVE 

STUDY 

Durai prabhakaran  Raghavalu thirumalai (Technical University of Denmark) 

RANDOM DISTURBING MODEL FOR THERMAL EXPANSION PROPERTY PREDICTION OF 

UNIDIRECTIONAL COMPOSITE 

Zhiguo  Ran (Beihang University), Ying  Yan (Beijing University of Aeronautics and Astronautics), Lei  

Yang (Beihang University) 
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MECHANICAL PROPERTIES – POSTER 

4-POINT BENDING FATIGUE TESTING OF THIN CARBON-EPOXY LAMINATES 

Catharine  Marsden, Chun  Li, Mark  Biernacki, Scott Joseph Carnegie 

STUDY ON COMPRESSIVE EXPERIMENT OF SINGLE CARBON FILAMENT 

Tong  Lili, Zhou  Peiming 

PLAIN WEAVE REINFORCEMENT IN C/C COMPOSITES VISUALISED IN 3D FOR ELASTIC 
PARAMETRES
Pavla  Tesinova 

INSULATING LAYERED COMPOSITE MATERIALS MANUFACTURING AND THERMAL 

DIFFUSIVITY MEASUREMENTS 

Adam  Dominiak, Roman  Domarski 

STRENGTH ESTIMATION FOR FORMED PARTS OF CARBON FIBER REINFORCED 

THERMOPLASTIC COMPOSITE BY ACCOUNTING FOR FORMING PROCESS EFFECTS 

Takushi  Miyake, Masako  Seki 

RULE OF MIXTURE FOR COMPOSITE THERMOELECTRICS 

Yun  Lu, Katsuhiro  Sagara, Liang  Hao, Hiroyuki  Yashida, Zi Wu Ji, Fusheng  Pan 

OPTIMIZATION AND EXPERIMENT OF COMPOSITE SQUARE BEAM 

Mingsen  Yi 

STATISTICAL ANALYSIS OF SINGLE PPTA FIBERS 

Nathanael Alan Heckert, Jae hyun  Kim, Gale A Holmes, Walter  Mcdonough, Kirk  Rice 



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

MICROMECHANICAL MODELING SYMPOSIUM 

DESIGN OF THE THERMAL TRANSPORT IN FIBER REINFORSED COMPOSITES 

Vinit  Deshpande (Karlsruhe Insitiute of Technology), Romana  Piat (Karlsruhe Institute of Technology), 

Yuriy  Sinchuk (Karlsruhe Institute of Technology), Galyna  Stasiuk (Karlsruhe Insitiute of Technology), 

Puneet  Mahajan (Indian Institute of Technology, Delhi) 

HOMOGENIZATION OF ELASTIC PROPERTIES OF SHORT FIBER REINFORCED 

COMPOSITES BASED ON MICRO COMPUTER TOMOGRAPHY DATA 

Viktor  Müller, Barthel  Brylka, Thomas  Böhlke (Karlsruhe Institute of Technology), Felix  Dillenberger, 

Robert  Glöckner (Fraunhofer Institute for Structural Durability and System Reliability LBF), Stefan  

Kolling (Technische Hochschule Mittelhessen) 

MODELLING EDGE EFFECTS ON COMPRESSIVE STRENGTH OF FIBRE COMPOSITES 

Michael  Sutcliffe (University of Cambridge) 

HOMOGENIZATION AND SENSITIVITY ANALYSIS FOR THERMOELASTIC OPTIMAL 

DESIGN OF METAL-CERAMIC COMPOSITES 

Yuriy  Sinchuk (Karlsruhe Institute of Technology), Romana  Piat (Karlsruhe Institute of Technology) 

HOMOGENIZATION MODELS FOR POLYMER-CLAY NANOCOMPOSITES: ONE AND TWO-

STEP APPRAOCHES 

Maryam  Pahlavanpour (Ecole Polytechnique), Pascal  Hubert (McGill University), Martin  Lévesque (Ecole 

Polytechnique de Montreal) 

SIMULATION OF FABRIC DEFORMATION UNDER MOLDING PROCESS 

Lejian  Huang (Kansas State University), Youqi  Wang (Kansas State University), Yuyang  Miao (Kansas 

State University), Chian-fong  Yen (), Harun  Bayraktar (Albany Engineered Composites), Jon  Goering 

(Albany Engineered Composites) 

A VIRTUAL TEST-BED FOR THE PREDICTION OF HOLISTIC ELASTIC PROPERTIES OF 

UNIDIRECTIONAL COMPOSITES 

Ambrose Ighofovwe Akpoyomare (University of Greenwich), Michael Ihemelandu Okereke (University of 

Greenwich) 

NUMERICAL SIMULATION OF DYNAMIC YARN PULL-OUT PROCESS 

Habiburrahman  Ahmadi (Kansas State University), Youqi  Wang (Kansas State University), Yuyang  Miao 

(Kansas State University), Xiaojiang Jack Xin (Kansas State University), Chian fong  Yen (US Army 

Research Laboratory) 

MULTI-SCALE MODELING OF THE VISCOELASTIC PROPERTIES OF NON-WOVEN, 

THERMOPLASTIC COMPOSITES 

Sascha  Fliegener, Michael  Luke (Fraunhofer Institute for Mechanics of Materials IWM), Diego  Elmer, 

Thomas  Seifert (Fachhochschule Offenburg, Hochschule fur Technik und Wirtschaft) 
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STREAMLINED COMPOSITE MODELING WORKFLOWS WITH MULTI-OBJECTIVE 

OPTIMISATION 

Gerhard  Goldbeck (Goldbeck Consulting Ltd), Danilo  Di stefano (ESTECO spa) 

STOCHASTIC APPROACH TO MICROMECHANICAL MODELING OF POROUS SOLIDS 

Borys  Drach (University of New Hampshire), Andrew  Drach (University of New Hampshire), Igor  

Tsukrov (University of New Hampshire) 

MODELING OF ELASTIC PROPERTIES OF THE CELL WALL MATERIAL IN NANOCLAY-

REINFORCED FOAMS 

Oksana  Shishkina (Katholieke Universiteit Leuven), Larissa  Gorbatikh (Katholieke Universiteit Leuven), 

Stepan V. Lomov (Katholieke Universiteit Leuven), Ignaas  Verpoest (Katholieke Universiteit Leuven) 
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MICROSTRUCTURES 

PREDICTION OF FIBRE ORIENTATION IN SHORT GLASS FIBRE REINFORCED COMPOSITE 

INJECTION MOULDING 

Fin  Caton-rose (University of Bradford), Peter  Hine (University of Leeds), Bushra  Parveen (University of 

Bradford) 

GENERATION, MODELLING AND VALIDATION OF STATISTICALLY EQUIVALENT MICRO-

STRUCTURES 

Frank  Gommer (University of Nottingham), Andreas  Endruweit (University of Nottingham), Andrew C 

Long (University of Nottingham) 

3D FULL-FIELD DISPLACEMENTS/STRAINS MEASUREMENTS IN COMPOSITES AT 

MICRO-SCALE 

Farhad  Mortazavi (Ecole Polytechnique de Montreal), Elias  Ghossein (Ecole Polytechnique de Montreal), 

Martin  Lévesque (Ecole Polytechnique de Montreal), Isabelle  Villemure (Ecole Polytechnique de Montreal) 

MULTIAXIALLY LOADED SHORT FIBRE POLYAMIDE: A CONTRIBUTION TO NON-

DESTRUCTIVE EVALUATION OF MICRO CRACKING AND DAMAGE EVOLUTION 

Karoline  Metzkes (BAM Federal Institute for Materials Research and Testing), Yvonne  Hentschel (BAM 

Federal Institute for Materials Research and Testing), Volker  Trappe (BAM Federal Institute for Materials 

Research and Testing) 
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METAL MATRIX COMPOSITES 

MICROSTRUCTURAL EVOLUTION OF METAL MATRIX COMPOSITES BY IN SITU HIGH 

ENERGY X-RAY DIFFRACTION 

Guillaume  Geandier, Matthieu  Salib, Mickael  Mourot, Lilian  Vautrot, Moukrane  Dehmas, Benoit  

Denand, Sabine  Denis (Institut Jean Lamour - Universite de Lorraine), Elisabeth  Aeby-gautier (Centre 

National de la recherche scientifique CNRS),  

PART II: PHOSPHORYLATED SOL-GEL FLAME RETARDANT COATING FOR POLYESTER 

FABRIC 

Ahmed Abdeen Younis (National Institute for Standards) 

PRODUCTION OF BULK COST-EFFECTIVE MAGNESIUM MATRIX COMPOSITES 

Xiaojun  Wang, Z  Li, Kun  Wu, Chengdong  Li, Mingjie  Shen, Weiqing  Liu, Chao  Ding (Harbin Institute 

of Technology) 

IN SITU SEM MICROBENDING TESTS OF ALUMINIUM ALLOYS AND ALUMINIUM 

MATRIX COMPOSITES 

Pilar  Rodrigo (Universidad Rey Juan Carlos), Belén  Torres (Universidad Rey Juan Carlos), Lustolde 

Martínez Laorden (Universidad Rey Juan Carlos), Joaquin  Rams (Universidad Rey Juan Carlos) 

MICROSTRUCTURE AND MECHANICAL BEHAVIOR OF 6061 AL ALLOY REINFORCED 

WITH SICP NANOPARTICLES PROCESSED BY EXTRUSION AND COLD ROLLING 

Xia  Jiang (University of Oxford), Alexander  Knowles (University of Oxford), Marina  Galano (University 

of Oxford), Fernando  Audebert (University of Buenos Aires) 

MICROSTRUCTURE AND PROPERTIES OF TIB2–TIAL COMPOSITES SHEETS PREPARED 

BY FOIL METALLURGY 

Xiping  Cui (Harbin Institute of Technology) 

IN-SITU SYNTHESIZED MAGNESIUM MATRIX COMPOSITES 

Tongxiang  Fan (Shanghai Jiao Tong University) 

CARBON NANOTUBE (CNT)-ALUMINUM: TOWARDS CNT-REINFORCED ALUMINUM 

CONDUCTOR CABLES 

Orson  Bourne, Jingwen  Guan, Michael  Jakubinek, Shuqiong  Lin, Ryan  Macneil, Benoit  Simard 

(National Research Council Canada), Ainul  Akhtar (University of British Columbia), Frank  Ko (University 

of British Columbia), Jason  Lo, Ruby  Zhang (CANMET, Natural Resources Canada) 

CHALLENGES OF APPLYING COMPOSITE MATERIALS TO THE NEXT GENERATION OF 

AEROENGINES 

Keynote: Dale Richard Carlson   (GE) 
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FABRICATION OF AL-TIB2-B4C COMPOSITES BY QUICK SPONTANEOUS INFILTRATION 

PROCESS 

Jung-moo  Lee (Korea Institute of Materials Science), Jingjing  Zhang (Shandong University), Young-hee  

Cho (Korea Institute of Materials Science), Su-hyeon  Kim (Korea Institute of Materials Science), Huashun  

Yu (Shandong University) 

HIGH TEMPERATURE TENSILE PROPERTIES OF IN SITU TIBW/TI60 COMPOSITES WITH 

NOVEL NETWORK MICROSTRUCTURE 

Lujun  Huang (Harbin Institute of Technology), Xudong  Rong (Harbin Institute of Technology), Lin  Geng 

(Harbin Institute of Technology), Fuyao  Yang (Harbin Institute of Technology) 

A CFD-MODEL FOR PREDICTION OF UNINTENDED POROSITIES IN METAL MATRIX 

COMPOSITES 

Shizhao  Li (Technical University of Denmark), Jon  Spangenberg (Technical University of Denmark), 

Jesper Henri Hattel (Technical University of Denmark) 

ENCHANCEMENT OF MECHANICAL PROPERTIES OF CAST NANO CABONS REINFORCED 

A356 ALUMINIUM MATRIX COMPOSITES 

Sang bok  Lee (Korea Institute of Materials Science) 

MICROSTRUCTURE AND WERE RESISTANCE IN HYBRID ALUMINIUM COMPOSITES 

WITH SIC WHISKER AND CARBON NANOTUBES 

Xuexi  Zhang (Harbin Institute of Technology), Aibin  Li (Harbin Institute of Technology), Lin  Geng 

(Harbin Institute of Technology) 

KINETICS OF PHASE TRANSFORMATION IN TI-TIB COMPOSITES CHARACTERISED 

USING HIGH ENERGY X-RAY DIFFRACTION 

Ludovic  Ropars (EADS France), Moukrane  Dehmas (Institut Jean Lamour - Universite de Lorraine), 

Sophie  Gourdet (EADS France), David  Tricker (Materion AMC), Elisabeth  Aeby-gautier (Centre 

National de la recherche scientifique CNRS) 

PREPARATIONS AND EVALUATION OF ELECTRICAL CONDUCTIVITY FOR TIB2/ AL 

COMPOSITES BY SPARK SINTERING PROCESS 

Gen  Sasaki (Hiroshima University) 

MICROSTRUCTURE, MECHANICAL AND TRIBOLOGICAL PROPERTIES OF AUSTENITIC 

STAINLESS STEEL COMPOSITES REINFORCED WITH TIB2 PARTICLES 

Iwona  Sulima (Pedagogical University of Krakow) 

TITANUM ENHANCED SINTERING THROUGH LIQUID PHASE SINTERING 

Evan  Schumann (ICMCB), Mélanie  Majimel (ICMCB), Jean-louis  Bobet (ICMCB), Jean-françois  Silvain 

(ICMCB) 
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INFLUENCE OF DEFORMATION DEGREE ON THE MICROSTRUCTURE OF TITANIUM 

MATRIX COMPOSITES 

Weijie  Lu (Shanghai Jiao Tong University), Xianglong  Guo (Shanghai Jiaotong University) 

NACRE-INSPIRED, STRONG AND DUCTILE CNT/AL COMPOSITES FABRICATED BY FLAKE 

POWDER METALLURGY 

Zhiqiang  Li (Shanghai Jiao Tong University), Genlian  Fan (Shanghai Jiaotong University), Lin  Jiang 

(Shanghai Jiaotong University), Yishi  Su (Shanghai Jiao Tong University), Di  Zhang (Shanghai Jiao Tong 

University) 

TURNING MACHINABILITY OF FIBER REINFORCED ALUMINUM ALLOY COMPOSITES 

Kazunori  Asano (Kinki University), Kenji  Higashi (KUBOTA Corporation), Hiroyuki  Yoneda (Kinki 

University) 

STRENGTHENING OF POWDERMETALLURGICALLY PRODUCED ALUMINUM BY 

NANOSCALE PARTICLES 

Alla  Kasakewitsch (Technische Universitat Clausthal) 

TITANIUM NANO COMPOSITES USING HYDROGENATED METHOD 

M.Bardet (Université Bordeaux), A. Veillere (Université Bordeaux), J.L.Bobet (Université Bordeaux), J.M. 

Heintz (Université Bordeaux), K.Xia (University of Melbourne), J.F.Silvain (Université Bordeaux) 
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MODELING - POSTER 

A NEW DYNAMIC REANALYSIS METHOD FOR THE COMPOSITE STRUCTURES 

Xu Zhong Hai 

ON THE NUMERICAL MODELLING OF THE BEHAVIOUR OF MECHANICALLY JOINTED 

TIMBER BASED COMPOSITE CONNECTIONS 

Hacene  Ait-aider, Marc  Oudjene, El mahdi  Meghlat 

ELASTIC ANALYSIS OF CIRCULAR SANDWICH PLATES WITH FGM FACE-SHEETS 

Roberta  Sburlati, Seyed Rasoul Atashipour 

FROM MICROSTRUCTURE CHARACTERIZATION TO MULTI-SCALE MODELLING OF 

INJECTED CARBON FIBRE REINFORCED PEEK 

Jeremy  Crevel, Florentin  Berthet, Marie-laetitia  Pastor, Frederic  Lachaud 

AN AUTOMATED UNIT-CELL MODELLING TOOL UNITCELLS ON ABAQUS PLATFORM 

DRAWING FUNCTIONALITIES FROM MULTIPLE EXTERNAL CODES 

Tian-hong  Yu, Qing  Panhuguang  Li 

THEORETICAL AND NUMERICAL ANALYSIS OF STRESS DISTRIBUTION IN CFRP ROD 

BOND ANCHORAGE 

Pan  Zhang, Peng  Feng 

VARIABLE STIFFNESS FLEXIBLE MATRIX LAMINATES WITH PRESCRIBED FINITE 

ELASTIC DEFORMATION 

Carlos Santos Sousa, Pedro P. Camanho, Afzal  Suleman, Francisco Manuel Pires 

LINKING PROCESS MODELLING WITH STRUCTURAL ANALYSIS OF COMPOSITE 

LAMINATED PLATES USING LAYERWISE THEORY 

Hamidreza  Bakhtiarizadeh, Abdul rahim Ahamed Arafath, Reza  Vaziri 

C0-TYPE EFFICIENT HIGHER-ORDER PLATE THEORY FOR THE THERMO-MECHANICAL 

ANALYSIS OF LAMINATED COMPOSITE PLATES 

Jangwoo  Han, Jun-sik  Kim, Maenghyo  Cho 

QUANTIFYING THE SHEAR COUPLING EFFECT IN FOUR-POINT BENDING TESTS OF 

ANGLE PLY LAMINATES 

Diane  Wowk, Catharine  Marsden, David  Thibaudeau 

NUMERICAL SIMULATION OF COMPOSITE STRUCTURE REPAIRED BY EXTERNAL 

BONDED PATCHES UNDER TENSILE LOADING USING COHESIVE ELEMENTS 

Lingling  Peng, Xiaojing  Gong, Zheng  Li, Laurent  Guillaumat 
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BUCKLING AND POST-BUCKLING BEHAVIOUR OF TOP-HAT CROSS-SECTION 

COMPOSITE BEAMS WITH VARIOUS SEQUENCES OF PLIES 

Hubert  Debski 

REALIZING DOMAIN SUPERPOSITION MODEL IN NASTRAN FOR PREDICTING THE 

MECHANICAL PROPERTIES OF TEXTILE COMPOSITE 

Xiuhua  Chen, Yan  Deng, Ming  Li, Hai  Wang 

A NEW 3D FINITE ELEMENT MODEL FOR THE MECHANICAL ANALYSIS OF RANDOM 

FIBER COMPOSITE 

Zixing  Lu, Zeshuai  Yuan, Qiang  Liu 

ANALYSIS OF THE CRITICAL MOMENT TRIGGERING OFF SNAP-THROUGH OF BISTABLE 

COMPOSITE WITH INTIALTIAL CURVATURE 

Jong-gu  Lee, Junghyun  Ryu, Seung-won  Kim, Kyu-jin  Cho, Maenghyo  Cho 

ADHESION EVALUATION IN CARBON FIBER AND CONCRETE MATRIX COMPOSITES 

Gerson  Marinucci, Reinaldo Leonel Caratin 

MULTISCALE DAMAGE MODELING FOR HIGHLY-FILLED PARTICULATE COMPOSITES: 

PARTICLE SIZE EFFECT AND COUPLING WITH FINITE STRAINS 

Marion  Trombini, Carole  Nadot-martin, Damien  Halm, Gérald  Contesse, Alain  Fanget 

TRANSVERSE MECHANICS OF UNIDIRECTIONAL TEXTILE FIBROUS MATERIALS 

William  Caster, Christiane  Wagner-kocher, Stéphane  Fontaine, Artan  Sinoimeri, Guillaume  Perie 

ENHANCED FILAMENT WINDING SIMULATION FOR IMPROVED STRUCTURAL 

ANALYSIS OF COMPOSITE PRESSURE VESSELS 

Jörg Bernhard Multhoff 

MICRO-MACRO APPROACH FOR PREDICTING LOCALIZED STRESS DISTRIBUTION IN 

COMPOSITES 

Saurabh  Gupta, Ganesh  Soni, Ramesh Kumar Singh 

STATISTICAL ANALYSIS AND MECHANICAL BEHAVIOR FOR POLYPROPYLENE 

COMPOSITES REINFORCED WITH BENZOYLATED SUGARCANE FIBERS 

Rosineide Miranda Leão 

LONG TERM DURABILITY OF UNIDIRECTIONAL CFRP USING TOUGHENED MATRIX 

RESIN 

Shunnosuke  Ohta, Masayuki  Nakada, Yasushi  Miyano, Takayuki  Matsumoto 

PREDICTION OF OPEN HOLE COMPRESSIVE FAILURE FOR QUASI-ISOTROPIC CFRP 

LAMINATES BY MMF/ATM METHOD 

Tatsuya  Hioki, Masayuki  Nakada, Yasushi  Miyano, Hisaya  Katoh 
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NUMERICAL STUDY OF COMPACTION INFLUENCE ON SPRING-IN OF THIN COMPOSITE 

COMPONENTS MANUFACTURED BY VACUUM BAG PROCESS 

Costanzo  Bellini, Luca  Sorrentino 

USE SANDWICH COMPOSITES TO MAKE PASSENGER CAR COMPONENTS FOR RAIL 

TRAIN APPLICATION 

Wenguang  Ma 

ANALYSIS OF BI-STABILITY AND RESIDUAL STRESS RELAXATION IN HYBRID 

UNSYMMETRIC LAMINATES 

Fuhong  Dai 

MODELLING OF THE THERMO-MECHANICAL PROPERTIES OF WOVEN COMPOSITES 

DURING THE CURE 

Loleï  Khoun, Pascal  Hubert, Krishna S Challagulla  
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MODELLING AND SIMULATION 

INDUSTRIAL APPLICATION OF FIBRE ORIENTATION PREDICTIONS 

Dave  Brands (SABIC), Claire  Martin (SABIC), Warden  Schijve 

PROPERTY CALCULATION SYSTEM FOR INJECTION AND COMPRESSION MOLDING OF 

FIBER-FILLED POLYMER COMPOSITES 

Xiaoshi S Jin (Autodesk, Inc.), Jin  Wang (Autodesk, Inc.), Sejin  Han (Autodesk, Inc.) 

REFINED MODELS ON THE WRINKLING OF SANDWICH PANELS UNDER BIAXIAL 

LOADING 

Hsin-piao  Chen (California State University, Long Beach), Hsun  Chen (California State University, Long 

Beach) 

MULTI-DISCIPLINARY DESIGN OPTIMIZATION OF SANDWICH CONSTRUCTIONS 

Liliane Gilberte  Ngahane Nana, Jörg  Feldhusen, Stephanie  Dallmeier, Benedikt  Günther, Thomas   

Fieder (Rheinisch Westfalische Technische Hochschule Aachen) 

FINITE ELEMENT MODELING OF BALLISTIC IMPACT ON MULTI-LAYER WOVEN FABRICS 

Deju  Zhu (Hunan University), Barzin  Mobasher (Arizona State University), S.d.  Rajan (Arizona State 

University) 

NUMERICAL MODELLING OF PERFORATION RESISTANCE OF FOAM-BASED SANDWICH 

PANELS 

Jin  Zhou (University of Liverpool), Wesley James Cantwell (Khalifa University of Science Technology and 

Research), Zhongwei  Guan (University of Liverpool) 

MODELING WING LEADING EDGE MADE WITH SLM LATTICE CORE AND CFRP SKIN 

Matthew  Smith, Zhongwei  Guan (University of Liverpool), Wesley J Cantwell, Bob  Mines (University of 

Liverpool) 

REALIZING WISHFUL DREAM --TO PREDICT LAMINATE ULTIMATE STRENGTH UPON 

INDEPENDENT CONSTITUENT PROPERTIES ONLY 

Zheng-ming  Huang (Tongji University), Ling  Liu (Tongji University) 

EXPERIMENTAL AND NUMERICAL STUDY OF THE CURE INDUCED DEFORMATIONS IN 

COMPOSITES PRODUCED BY VACUUM INFUSION 

Antoine  Parmentier (Cenaero), Benoit  Wucher (Cenaero), Philippe  Martiny (Cenaero) 

DIRECT MEASUREMENT OF OUT-OF-PLANE AND IN-PLANE CURE SHRINKAGE STRAIN 

IN COMPOSITES BY EMBEDDED FIBER-OPTIC SENSORS 

Shu  Minakuchi (The University of Tokyo) 
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AN APPROACH TOWARDS A BASIC MATERIALS CHARACTERIZATION FOR THE 

SIMULATION OF PROCESS INDUCED DEFORMATIONS 

Mathias Peter Hartmann (Technische Universitat Munchen), Matthias  Strebinger (Technische Universitat 

Munchen), Roland  Hinterhoelzl (Technische Universitat Munchen) 

NUMERICAL MODELLING OF GRADED FOAM BASED SANDWICH STRUCTURES 

SUBJECTED TO IMPACT 

Jin  Zhou (University of Liverpool), Zhongwei  Guan (University of Liverpool), Wesley J Cantwell 

NUMERICAL EVALUATION OF PERIODIC BOUNDARY CONDITION ON THERMO-

MECHANICAL PROBLEM USING HOMOGENIZATION METHOD 

Muhammad Ridlo erdata Nasution (Tokyo Metropolitan University), Naoyuki  Watanabe (Tokyo 

Metropolitan University), Atsushi  Kondo (Tokyo Metropolitan University) 

NUMERICAL ANALYSIS ON CURE-INDUCED DEFORMATION OF FIBROUS COMPOSITE 

LAMINATES 

Pan  Li (Shandong University), Yuxi  Jia (Shandong University), Peng  Qu (Shandong University), Xiaoxia  

Wang, Shanlong  Li (Shandong University) 

CURE CYCLE MONITORING OF LAMINATED CARBON FIBER-REINFORCED PLASTIC BY 

FIBER BRAGG GRATINGS IN MICROSTRUCTURED OPTICAL FIBER 

C.Sonnenfeld, T.  Geernaert, S. Sulejmani, H.  Thienpont, F.  Berghmans (Vrije U. Brussel), G.  Luyckx 

(Ghent U.), F.  Collombet, Y.H.  Grunevald, B. Douchin, L. Crouzeix, M.  Torres (Inst. Clément Ader), 

K.  Chah (U. de Mons), P.  Mergo (Maria Curie-Sklodowska U. Lublin),  

STUDY ON NEW SURFACE PRETREATMENTS OF PAINTING TO CFRP LAMINATES 

Tomoyuki  Suzuki (Aichi Science and Technology Foundation), Hirohito  Hira (Daido University) 

THEORETICAL FAILURE ENVELOPES OF OPEN HOLE COMPOSITE LAMINATES WITH A- 

AND B-BASIS ALLOWABLES ESTIMATED FROM SMOOTH SPECIMEN PROPERTIES 

Jeffrey Tsewei Fong, Nathanael Alan Heckert, James  Filliben (National Institute of Standards and 

Technology (NIST)), Carlos Alberto Cimini Jr, Jose daniel Diniz Melo (Universidade Federal do Rio 

Grande do Norte) 

A PARTITION-OF-UNITY METHOD FOR MODELING COUPLED THERMO-MECHANICAL 

PROBLEMS IN FRP LAMINATES SUBJECTED TO IMPACT 

Awais  Ahmed (Delft University of Technology), Lambertus Johannes Sluys (Delft University of 

Technology) 

MULTISCALE MODEL BASED ON A FINITE FRACTURE APPROACH FOR THE PREDICTION 

ON DAMAGE IN LAMINATE COMPOSITES 
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Nicolas  Carrere (École Nationale Supérieure de Techniques Avancés, Bretagne), Nicolas  Tual (Ecole 

Nationale Superieur des Ingenieur des Etudes et Techniques d'Armement), Malick  Diakhaté (Universite de 

Bretagne Occidentale) 

THIN PLY COMPOSITES: EXPERIMENTAL CHARACTERIZATION AND MODELING 

Joël  Cugnoni (École polytechnique fédérale de Lausanne), Robin  Amacher (École polytechnique fédérale 

de Lausanne), John  Botsis (Ecole Polytechnique Federal de Lausanne) 

AN INTEGRATED XFEM-CE APPROACH FOR MODELING MATRIX CRACKS AND 

DELAMINATION INTERACTIONS IN COMPOSITE LAMINATES WITH ANGLED PLIES 

Xiushan  Sun (National University of Singapore), Vincent Bc Tan (National University of Singapore), Tong 

earn  Tay (National University of Singapore) 

NUMERICALLY PREDICTED DAMAGE AND FAILURE ENVELOPES OF COMPOSITES 

FEATURING NON-LINEAR MATERIAL BEHAVIOR 

Jakob  Gager (Polymer Competence Center Leoben), Martin  Meindlhumer (FACC AG), Martin  Schwab 

(Polymer Competence Center Leoben), Heinz E Pettermann (Vienna University of Technology) 

MODEL FOR TIME-INDEPENDENT AND TIME-DEPENDENT DAMAGE EVOLUTION AND 

ITS INFLUENCE ON CREEP OF MULTIDIRECTIONAL POLYMER COMPOSITE LAMINATES 

Amir  Asadi (University of Manitoba), Raghavan  Jayaraman (University of Manitoba) 

A SIMPLE PLASTICITY MODEL FOR PREDICTING TRANSVERSE COMPOSITE RESPONSE 

AND FAILURE 

Khong wui  Gan (University of Bristol), Michael R Wisnom (University of Bristol), Stephen Richard Hallett 

(University of Bristol), Giuliano  Allegri (University of Bristol) 

MODELING STRUCTURAL BEHAVIOUR OF PVC FOAM SANDWICH PANELS REINFORCED 

BY CFRP PINS 

Zhongwei  Guan (University of Liverpool), Jin  Zhou (University of Liverpool), Wesley J Cantwell 

NUMERICAL VALIDATION OF HOMOGENIZATION MODELS FOR THE CASE OF 

ELLIPSOIDAL PARTICLES REINFORCED COMPOSITES 

Elias  Ghossein (Ecole Polytechnique de Montreal), Martin  Lévesque (Ecole Polytechnique de Montreal) 

MODELING AND PROGRESSIVE DAMAGE ANALYSIS OF FRP LAMINATES WITH 

PERIDYNAMIC THEORY 

Yile  Hu (Shanghai Jiao Tong University), Yin  Yu (Shanghai Jiao Tong University), Hai  Wang (Shanghai 

Jiao Tong University) 

PREDICTION OF COMPRESSION AFTER IMPACT STRENGTH BASED ON INSTABILITY OF 

DELAMINATION 

Makoto  Ichiki (Sophia University), Hiroshi  Suemasu (Sophia University), Yuichiro  Aoki (Japan Aerospace 

Exploration Agency) 
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DISPLACEMENT BASED FINITE STRIP ANALYSIS OF A CRACKED LAMINATE WITH 

APPROPRIATE BOUNDARY CONDTIONS FORMULATION 

Farrukh  Hafeez (The Petroleum Institute), Shuguang  Li (University of Nottingham), Fahad  Almaskari 

VISCOELASTIC SHEAR LAG ANALYSIS OF THE DISCONTINOUS FIBER COMPOSITE 

R. byron  Pipes (Purdue University), Nicholas Alan Smith (Purdue University) 

INITIATION AND PROPAGATION OF FIBER FAILURE IN COMPOSITE LAMINATES 

Endel  Iarve (University of Dayton), David H Mollenhauer (Air Force Research Laboratory), Timothy D 

Breitzman (Air Force Research Laboratory), Kevin  Hoos (University of Dayton), Michael  Swindeman 

(University of Dayton) 

PREDICTION OF THE HOLE-SIZE EFFECT IN THE OFF-AXIS TENSILE SPECIMEN USING AN 

INTRINSIC FLAW 

Johnathan  Goodsell (Purdue University) 

A FLOATING NODE METHOD FOR MODELLING MULTIPLE DISCONTINUITIES WITHIN 

AN ELEMENT 

Silvestre T Pinho (Imperial College of Science), Bo Yang Chen (Imperial College of Science), Pedro M Baiz 

(Imperial College of Science), Nelson V De carvalho (National Institute of Aerospace), Tay T Earn 

(National University of Singapore) 

FLOATING NODE METHOD AND VIRTUAL CRACK CLOSURE TECHNIQUE FOR 

MODELING MATRIX CRACKING-DELAMINATION MIGRATION 

Nelson V De carvalho (National Institute of Aerospace), Bo Yang Chen (Imperial College of Science), 

Silvestre T Pinho (Imperial College of Science), Pedro M Baiz (Imperial College of Science), James Gordon 

Ratcliffe (National Institute of Aerospace), Tay T Earn (National University of Singapore) 

ANALYSIS OF CRACK MIGRATION IN LAMINATED COMPOSITES USING CONVENTIONAL 

AND MESH-INDEPENDENT COHESIVE ZONE MODELS 

Maria Francesca  Pernice (University of Bristol), Luiz  Kawashita (Cardiff University), Stephen Richard 

Hallett (University of Bristol) 

AN ANALYTICAL MODEL FOR THE MECHANICAL RESPONSE OF DISCONTINUOUS 

COMPOSITES 

Soraia  Pimenta (Imperial College of Science), Paul  Robinson (Imperial College of Science) 

A MIXED MODE COHESIVE LAW INCLUDING INTERFACE DILATATION UNDER NEAR 

MODE II FRACTURE 

Bent F Sørensen (Technical University of Denmark), Stergios  Goutianos (Technical University of Denmark) 

UNCERTAINTIES IN THE PREDICTION OF CFRP LAMINATE PROPERTIES IN THE 

CONTEXT OF A RELIABILITY BASED DESIGN APPROACH 
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Conny  Schillo (Technische Universitat Hamburg-Harburg), Dieter  Krause (Technische Universitat 

Hamburg-Harburg) 

PROBABILISTIC MODELLING OF THE PROCESS INDUCED VARIATIONS IN PULTRUSION 

Ismet  Baran (Technical University of Denmark), Jesper Henri Hattel (Technical University of Denmark), 

Cem C Tutum (Technical University of Denmark) 

AN ORIGINAL APPROACH BASED ON A MODIFIED HALPIN TSAI MODEL TO 

INVESTIGATE THE MORPHOLOGY OF SEPIOLITE FILLED THERMOSETS 

Aurélie  Taguet (Ecole des Mines d'Alès), Melissa  Malige (), Stephane  Corn (Ecole des Mines d'Alès), 

José-Marie  Lopez-Cuesta (Ecole des Mines d'Alès) 

STOCHASTIC SIMULATION OF COMPOSITES CURE 

Tassos  Mesogitis (Cranfield University), Alex  Skordos (Cranfield University), Andrew C Long (University 

of Nottingham) 

THREE-DIMENSIONAL CONSTITUTIVE EQUATION OF SHAPE MEMORY POLYMERS AND 

THEIR COMPOSITES 

Haedong  Park (Seoul National University), Woong-ryeol  Yu (Seoul National University), Philip  Harrison 

(University of Glasgow), Zaoyang  Guo (Chongqing University) 

HYGROTHERMALLY STABLE ASYMMETRIC COMPOSITE LAMINATES WITH OPTIMAL 

COUPLING OF DEFORMATION MODES 

Robert  Haynes (US Army Research Laboratory), Erian  Armanios (University of Texas at Arlington) 
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MODELLING OF PLATES & SHELLS 

FEA BASED INITIAL DESIGN OF A COMPOSITE WIND TURBINE BLADE 

Owaisur rahman  Shah (École Nationale Supérieure de Techniques Avancés, Bretagne) 

IMPROVEMENT OF LIMIT-BASED APPROACH TO STRESS ANALYSIS FOR ORTHOTROPIC 

COMPOSITE CYLINDERS (0/90) SUBJECTED TO PURE BENDING 

Canhui  Zhang (Xiamen University), Suong  Hoa (Concordia University), Pei  Liu (Xiamen University) 

POSTBUCKLING ANALYSIS OF A COMPOSITE CYLINDRICAL PANEL WITH FRAMES AND 

OMEGA STRINGERS 

José  Reinoso (Universitat Hannover), Antonio  Blazquez (Universidad de Sevilla), Federico  París 

(Universidad de Sevilla) 

THE NETTING ANALYSIS AS A LIMIT CASE OF THE LAMINATED STRUCTURE THEORY 

Georges  Verchery (Pluralis) 

FINITE ELEMENT MODELING OF THE CRUSHING BEHAVIOR OF GRAPHITE/EPOXY 

MEMBERS 

Deepak  Siromani (Drexel University), Tein-min  Tan (Drexel University), Jonathan  Awerbuch (Drexel 

University) 

INFLUENCE OF IMPERFECTIONS ON AXIAL BUCKLING LOAD OF COMPOSITE 

CYLINDRICAL SHELLS 

Jendi Itjieh Kepple, B. gangadhara  Prusty, Garth Morgan Kendall Pearce, Donald Wainwright Kelly 

(University of New South Wales), Rodney  Thomson, Richard  Degenhardt (Deutsches Zentrum fuer Luft- 

und Raumfahrt e.V. (DLR)) 

SPACE VARIABLES SEPARATION AND PGD MODEL REDUCTION METHOD TO SOLVE 

ELASTICITY PROBLEMS ON LAMINATED PLATES AND SHELLS 

Brice  Bognet, Adrien  Leygue, Francisco  Chinesta 

SEMI-ANALYTICAL POST-BUCKLING AND ULTIMATE STRENGTH ANALYSIS OF 

COMPOSITE PLATES 

Qiao jie  Yang (University of Oslo), Brian  Hayman (University of Oslo) 
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MULTIFUNCTIONAL COMPOSITES SYMPOSIUM 

A MATERIALS INFORMATICS APPROACH TOWARDS CREATING FUNCTIONALITY AT 

INTERFACES IN PMC 

John  Kieffer (University of Michigan - Ann Arbor), Michael  Aldridge (University of Michigan - Ann 

Arbor), Katherine  Sebeck (University of Michigan - Ann Arbor), Chen  Shao (University of Michigan - Ann 

Arbor) 

MODELING THE RESPONSE OF DUAL CROSS-LINKED NANOPARTICLE NETWORKS TO 

MECHANICHAL DEFORMATION 

Anna C. Balazs (University of Pittsburgh), Balaji V. s. Iyer (University of Pittsburgh), Victor V. Yashin 

(University of Pittsburgh) 

VISCOELASTIC BEHAVIOR OF FUNCTIONAL GRADED COMPOSITES USING FINITE 

ELEMENT METHOD: EXPERIMENTAL AND NUMERICAL ASSESSMENT 

Ya  Wang (University of Michigan - Ann Arbor), Daniel J. Inman (University of Michigan - Ann Arbor) 

BIOINSPIRED NANOSTRUCTURED GLASS FIBRE SURFACE AND COMPOSITE 

INTERPHASE 

Shanglin  Gao, Yin hu  Deng, Jian wen Liu , Edith  Maeder (Leibniz Institute of Polymer Research Dresden) 

COMPLIANT MULTIFUNCTIONAL WING STRUCTURES FOR HARVESTING SOLAR 

ENERGY 

Hugh Alan Bruck (University of Maryland at College Park) 

SMP FILLED HONEYCOMB AS A RECONFIGURABLE SKIN: MODEL AND EXPERIMENTAL 

VALIDATION 

Richard V Beblo, John P Puttmann (University of Dayton), Nathanial E Deleon, James J Joo, Gregory W 

Reich (Air Force Research Laboratory) 

ADAPTIVE COMPOSITE PANEL WITH EMBEDDED SMA ACTUATORS: DESIGN, 

MANUFACTURING AND TESTING 

Simon  Lacasse (Ecole de Technologie Superieure), Charles  Simoneau (Ecole de Technologie Superieure), 

Patrick  Terriault (Ecole de Technologie Superieure), Vladimir  Brailovski (Ecole de Technologie 

Superieure) 

FROM ATTACHED SMA WIRES TO INTEGRATED ACTIVE ELEMENTS – A SMALL STEP? 

Moritz  Hübler (Institut fuer Verbundwerkstoffe GmbH), Martin  Gurka (Institut fuer Verbundwerkstoffe 

GmbH), Ulf Paul Breuer (Institut fuer Verbundwerkstoffe GmbH) 

SIMULATIONS OF THERMOMECHANICAL PERFORMANCE OF SMP-BASED 

MICROVASCULAR SYSTEMS 

H. jerry  Qi (University of Colorado at Boulder), Kai  Yu (University of Colorado at Boulder), Jeffery W. 

Baur (Air Force Research Laboratory), David M Phillips (Air Force Research Laboratory) 
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CARBON FIBRE REINFORCED EPOXY COMPOSITES WITH VARIABLE STIFFNESS FOR USE 

IN MORPHING AEROSTRUCTURES 

Paul  Robinson (Imperial College of Science), Henry  Maples (Imperial College of Science), Alexander  

Bismarck (Imperial College of Science), Oliver  Gaite (Imperial College of Science), Stephen  Smith 

(Imperial College of Science) 

TOWARD COMPUTATIONAL SMART MATERIALS WITH CONTROLLABLE STIFFNESS 

Michael A Mcevoy (University of Colorado at Boulder), Nicholas D. Farrow (University of Colorado at 

Boulder), Nikolaus  Correll (University of Colorado at Boulder) 

HIGH STROKE ACTUATION OF ALIGNED CNT-PARAFFIN COMPOSITE FILMS 

Davor  Copic (University of Michigan - Ann Arbor), A. john  Hart (University of Michigan - Ann Arbor) 

REPLICA MOLDING OF LIQUID CRYSTAL POLYMER MICROSTRUCTURES FOR ACTIVE 

SURFACES 

Davor  Copic (University of Michigan - Ann Arbor), Assaf  Ya'akobovitz (University of Michigan - Ann 

Arbor), A. john  Hart (University of Michigan - Ann Arbor) 

MULTIFUNCTIONAL COMPOSITES BY SEGMENTATIONAND ASSEMBLY 

Thomas  Siegmund (Purdue University), Somesh  Khandelwal (Purdue University) 

HIGH PERFORMANCE, ELECTROLYTE-FREE TORSIONAL AND TENSILE CARBON 

NANOTUBE YARN COMPOSITE MUSCLES 

R. H. Baughman, M. D. Lima, N.  Li, M.  Jung de andrade, S. Fang, J.  Oh, G.  Spinks, M.  Kozlov, C. S. 

Haines, D.  Suh, J.  Foroughi, S. Jeong Kim, Y.  Chen, T.  Ware, M. Kyoon Shin, L. Dantas Machado, A. F. 

Fonseca, J. D. w. Madden, W.  Voit, D. S. Galvão 

HIGHLY TWISTED DOUBLE-HELIX CARBON NANOTUBE YARNS 

Yuanyuan  Shang (Harbin Institute of Technology) 

BENDING AND MECHANICAL BEHAVIORS OF CNF/PPY CONDUCTIVE SINGLE-LAYER 

COMPOSITE MATERIAL 

Cheol  Kim (Kyungpook National University) 

INTEGRATION OF LINEAR THERMOELECTRIC MODULES COMPOSED OF LOW AND 

INTERMEDIATE TEMPERATURE P- AND N-TYPE METALLIC SEMICONDUCTORS INTO 

COMBUSTION CHAMBER WALLS 

Minoru  Taya (University of Washington) 

PROCESS-STRUCTURE-PROPERTY RELATIONSHIP FOR ORGANIC SEMICONDUCTORS 

GROWN BY ORGANIC VAPOR JET PRINTING 

Olga  Shalev (University of Michigan - Ann Arbor), Max  Shtein (University of Michigan - Ann Arbor), 

Shaurjo  Biswas (University of Michigan - Ann Arbor) 
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ELECTROMECHANICAL CHARACTERIZATION OF BARIUM TITANATE COATED CARBON 

FIBERS 

Christopher  Bowland (University of Florida), Zhi  Zhou (University of Florida), Henry  Sodano (University 

of Florida) 

LAYER-BY LAYER ASSEMBLED MULTIFUNCTIONAL COMPOSITES 

Nicholas A. Kotov, Jian  Zhu 

CARBON NANOSTRUCTURES FOR FLEXIBLE AND HIGH EFFICIENCY ENERGY 

APPLICATION 

Wonbong  Choi (University of North Texas) 

TAILORED ALIGNED-CARBON NANOTUBE NANOCOMPOSITES FOR ENERGY STORAGE 

Noa  Lachman (Massachusetts Institute of Technology), Brian  Wardle (Massachusetts Institute of 

Technology) 

MECHANICAL RELIABILITY OF INORGANIC THIN FILM PHOTOVOLTAICS INTEGRATED 

WITH COMPOSITE LAMINATES 

Dimitrios  Antartis (University of Illinois at Urbana-Champaign), Ioannis  Chasiotis (University of Illinois at 

Urbana-Champaign) 

THE EFFECTS OF STRUCTURAL INTEGRATION AND MECHANICAL DEFORMATION ON 

THE ELECTRO-MECHANICAL PERFORMANCE OF STRUCTURAL BATTERIES 

Salah M Shalouf (Royal Melbourne Institute of Technology) 

FROM SMART SENSING TO MULTIFUNCTIONAL MATERIALS: ARE WE READY FOR THE 

CHALLENGES? 

Fu-kuo Chang    (Stanford University) 

BIO-INSPIRED NEUROMORPHIC NETWORK BASED ON CARBON NANOTUBE/POLYMER 

COMPOSITES 

K. Kim, A. Tudor, C-L. Chen, B. Cho, A. M. Shen, D. Lee, and Y. Chen (University of California) 

CARBON NANOTUBES FOR IN SITU THERMOMECHANICAL AND THERMOCHEMICAL 

SENSING IN COMPOSITES 

Kalon L Lasater (University of Delaware), Gaurav  Pandey (University of Delaware), Erik T Thostenson 

(University of Delaware) 

CONDUCTIVE POLYANILINE NANOCOMPOSITES: ELECTROCHROMIC BEHAVIOR, 

ELECTROCHEMICAL ENERGY STORAGE AND GIANT MAGNETORESISTANCE SENSOR 

John zhanhu  Guo (Lamar University), Huige  Wei (Lamar University), Hongbo  Gu (Lamar University), 

Jiahua  Zhu (Lamar University), Suying  Wei (Lamar University) 

 



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

USE OF CARBON FIBER SENSORS TO DETERMINE THE RESIN FLOW 

Mohsen  Bakhshi (Hochschule Munchen), Alexander  Horoschenkoff (Hochschule Munchen) 

MODELING AND SIMULATION OF SLOTTED WAVEGUIDE ANTENNA STIFFENED 

STRUCTURES 

Woon kyung  Kim, Robert A Canfield (Virginia Polytechnic Institute and State University (Virginia Tech)), 

William G Baron, James M Tuss, Jason E Miller (Air Force Research Laboratory) 

DIELECTROPHORETICALLY STRUCTURED PIEZOELECTRIC COMPOSITES 

Hamideh  Khanbareh (Delft University of Technology), Pim  Groen (Delft University of Technology), 

Sybrand  Van der zwaag (Delft University of Technology) 

FUNCTIONALIZED GRAPHENE-BATIO3/FERROELECTRIC POLYMER NANOCOMPOSITES 

WITH EXCELLENT DIELECTRIC PROPERTIES 

Zhi-min  Dang (University of Science and Technology Beijing), Dongrui  Wang (University of Science and 

Technology Beijing) 

MANUFACTURING OF PREPREG WITH MICROCAPSULES FOR SELF HEALING 

COMPOSITES 

Sang yup  Kim (University of Illinois at Urbana-Champaign), Nancy R Sottos (University of Illinois at 

Urbana-Champaign), Scott R White (University of Illinois at Urbana-Champaign) 

MULTILAYER COMPOSITES WITH SELF-HEALING CAPABILITY BASED ON AN EMAA 

IONOMER 

Antonio Mattia Grande, Luca  Castelnovo, Luca  Di landro Giuseppe  Sala (Polytechnic Institute of Milan), 

Cinzia  Giacomuzzo, Alessandro  Francesconi (University of Padua) 

SELF-HEALING OF A FIBRE REINFORCED POLYMER COMPOSITE MATERIAL USING 

METAL TRIFLATES AS CATALYTIC CURING AGENTS 

Tim S Coope (University of Bristol), Ian P Bond (University of Bristol), Richard S Trask (University of 

Bristol), Duncan F Wass (University of Bristol) 

AUTONOMOUS RESTORATION OF ELECTRICAL INTERFACES 

Nancy R Sottos (University of Illinois at Urbana-Champaign) 

THERMAL-MECHANICAL BEHAVIOR OF ACTIVELY COOLED VASCULARIZED 

COMPOSITES 

Anthony M Coppola (University of Illinois at Urbana-Champaign), Nancy R Sottos (University of Illinois at 

Urbana-Champaign), Scott R White (University of Illinois at Urbana-Champaign) 

ACTIVELY COOLED BATTERY PACKAGING USING VASCULAR COMPOSITES 

Stephen John Pety (University of Illinois at Urbana-Champaign), Nancy R Sottos (University of Illinois at 

Urbana-Champaign), Scott R White (University of Illinois at Urbana-Champaign) 
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A MULTIFUNCTIONAL MICROPOROUS POLYMER NANOCOMPOSITE WITH GRAPHENE 

NANOPLATELETS 

Diandra  Rollins (Michigan State University), Lawrence T Drzal (Michigan State University) 

TWO-PHASE PORO-VASCULAR LAMINATES WITH STRUCTURE-PLUS-SURFACE 

ROUGHNESS CONTROL 

James P. Thomas, Marriner  Merrill, Andrew T. Smith, David  Kessler, Michael  Baur, Siddiq  Qidwai, 

Alberto  Pique (Naval Research Laboratory), Christopher  Kindle (Science Applications International, Inc.) 

MULTIFUNCTIONAL COMPOSITE MATERIALS FOR BIO-INSPIRED SYSTEMS ALLOWING 

AUTONOMIC RESPONSE 

Keynote: B. Les Lee      (US Air Force Office of Scientific Research) 

ENERGY HARVESTING AND SHOCK MITIGATION IN COMPOSITE STRUCTURES 

Chris  Lynch (University of California, Los Angeles) 

AUTONOMIC BIOMOLECULAR MATERIAL SYSTEMS  AS MULTIFUNCTIONAL 

COMPOSITES 

Donald Joseph Leo 

THROUGH-THICKNESS ELECTRICAL RESISTANCE IN GLASS/EPOXY/CNTS COMPOSITE 

LAMINATES SUBJECTED TO MECHANICAL LOADING 

Ali  Naghashpour (Concordia University), Suong  Hoa (Concordia University) 

CARBON FIBER / EXPANDED POLYPROPYLENE COMPOSITE FOR ISOTROPIC 

CONDUCTIVITY 

Jeong u  Roh (Seoul National University), Woo il  Lee (Seoul National University) 

IMPROVED ELECTRICAL CONDUCTIVITY OF CARBON NANOTUBE MAT COMPOSITE 

PREPARED BY IN-SITU POLYMERIZATION 

Seong yun  Kim (Korea Institute of Science and Technology) 

A STUDY OF THE ELECTROMAGNETIC PROPERTIES OF IRON-MULTIWALLED CARBON 

NANOTUBES COMPOSITES 

Gang  Liu (Beijing Institute of Aeronautical Materials BIAM), Jianwen  Bao (Beijing Institute of Aeronautical 

Materials BIAM), Ming Jian Sun (Beihang University), Yan  Zhao (Beihang University) 

SELECTIVE LASER SINTERING FOR MANUFACTURING OF EXFOLIATED GRAPHITE 

NANOPLATELETS/POLYAMDIE12 MULTIFUCTIONAL NANOCOMPOSITES 

Mehdi  Karevan (Georgia Institute of Technology), Shaun  Eshraghi (Georgia Institute of Technology), 

Suman  Das (Georgia Institute of Technology), Kyriaki  Kalaitzidou (Georgia Institute of Technology) 
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OPTIMAL FIBER PLACEMENT INCLUDING EFFECTS OF EMBROIDERY 

Tatsuya  Nishida (Nagoya University), Tadashige  Ikeda (Nagoya University), Atsuhiko  Senba (Nagoya 

University) 

ULTRASTRONG, STIFF AND MULTIFUNCTIONAL CARBON NANOTUBE COMPOSITES 

Yuntian T. Zhu (North Carolina State University) 

COMPARING ELECTROMECHANICAL CHARACTERISTICS OF POLYMER – CARBON 

NANOTUBE AND POLYMER – CARBON FIBRE – CARBON NANOTUBE COMPOSITES 

Cyrill  Cattin (McGill University), Wenjiao  Liu (McGill University), Pascal  Hubert (McGill University) 
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MULTI-FUNCTIONAL NANOCOMPOSITES 

HOW DO CARBON NANOTUBE FIBERS GAIN THEIR STRENGTH? 

Keynote: Tsu-wei Chou  (University of Delaware) 

EROSIVE AND ABRASIVE WEAR RESISTANCE OF TRANSPARENT NANOCOMPOSITE 

COATINGS FILLED WITH SILICA NANOPARTICLES 

Zhong  Zhang (National Center for Nanoscience and Technology) 

PREPARATION AND PROPERTIES OF MMT/EPOXY/CARBON FIBER MULTI-SCALE 

COMPOSITE 

Shijie  Zhang (Xi'an Aerospace Composite Materials Research Institute) 

ANALYSIS OF CARBON NANOTUBE INTEGRATED COMPOSITE STRUCTURES USING 

MULTISCALE APPROACH 

Zeaid  Hasan (Arizona State University), Aditi  Chattopadhyay (Arizona State University) 

EFFECT OF CURRING PARAMETERS ON DISPERSION AND ELECTRICAL CONDUCTIVITY 

OF EPOXY/CNT COMPOSITES DEFINE BY IMAGE ANALYSIS 

Ewelina  Ciecierska (Technical University of Warsaw), Anna  Boczkowska (Technical University of 

Warsaw), Krzysztof Jan Kurzydlowski (Technical University of Warsaw) 

MULTI-SCALE MODELING OF INTERFACIAL BEHAVIOR OF CNT/POLYMER COMPOSITE 

BY MD AND CFE METHOD 

Qingsheng  Yang (Beijing University of Technology), Xia  Liu (Beijing University of Technology) 

PREPARATION OF GRAPHENE WITH CONTROLLED REDUCTION DEGREE AND STUDY 

OF ELECTROMAGNETIC PROPERTIES OF THEIR NANOCOMPOSITES 

Qi  Dong (Beihang University), Yan  Zhao (Beihang University), Yijun  Jiang (COMAC Sadri), Xionggang  

Shen (Beihang University) 

ELECTROMAGNETIC PROPERTIES OF COBALT–REDUCED GRAPHENE OXIDE (CO-RGO)/ 

EPOXY COMPOSITES 

Yan  Wang (Beijing University of Aeronautics and Astronautics), Yan  Zhao (Beihang University), Yuqin  Su 

(Beihang University), Xiaohua  Lu (Tsinghua University) 

EFFECT OF HUMIDITY ON ELECTRICAL CONDUCTIVITY OF CARBON NANOTUBE-

MODIFIED EPOXY 

Behnam  Ashrafi (National Research Council Canada) 
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MULTI-FUNCTIONAL SMART COMPOSITES 

CHARACTERIZATION OF MULTI-FUNCTIONAL COMPOSITES WITH PRINTED PRESSURE 

SENSORS 

Dominik  Krumm (Chemnitz University of Technology), Marko  Illing (Chemnitz University of 

Technology), Stephan  Odenwald (Chemnitz University of Technology) 

IN SITU MONITORING OF NANOPARTICLE FILTRATION IN CARBON 

NANOMATERIAL/GLASS FIBER/ POLYESTER MULTISCALE COMPOSITES DURING 

VARTM 

Joel renaud Ngouanom Gnidakouong, Young Bin  Park, Myungsoo   Kim, Hyung  Wook  Park, Ho  soon   

jeong, Young   bok  Jung, Kyungsik    han, Sung  Kyu  ahn (Ulsan National Institute of Science and 

Technology), Joung-man  Park (Gyeongsang National University) 

PIEZORESISTANCE CHARACTERIZATION OF PVDF-MWNT NANOCOMPOSITES 

Reza  Rizvi (University of Toronto), Hani E Naguib (University of Toronto) 

NANOINDENTATION RESPONSE OF PIEZOELECTRIC COMPOSITE MATERIALS 

Guang  Cheng (State University of New York at Stony Brook), T.a.  Venkatesh (State University of New 

York at Stony Brook) 

PREPARATION AND CHARACTERIZATION OF NANOCELLULOSE/PVA GREEN 

COMPOSITES 

Hitoshi  Takagi (University of Tokushima) 

MAGNETOELASTIC RESPONSES OF A BI-LAYERED COMPOSITE CYLINDER WITH AN 

EMBEDED TIME-HARMONIC EIGENSTRAIN 

Hamid  Akbarzadeh (University of New Brunswick), Armin  Abedini (University of New Brunswick), 

Zengtao  Chen (University of New Brunswick) 

CARBON FIBRE SENSOR FOR CRACK MONITORING OF COMPOSITE MATERIALS 

Tobias  Müller (Universitat der Bundeswehr Munchen), Alexander  Horoschenkoff (Hochschule Munchen), 

Helmut  Rapp (Universitat der Bundeswehr Munchen) 

BINARY BRUSHES: A NOVEL APPROACH TOWARDS ENHANCED INTERFACIAL 

TUNABILITY IN MULTIFUNCTONAL POLYMER NANOCOMPOSITES 

Bharath  Natarajan, Ying  Li, Linda  Schadler (Rensselaer Polytechnic Institute), Tony  Neely, Atri  Rungta, 

Brian C Benicewicz (University of South Carolina - Columbia) 

ADAPTATION OF DEVELOPING TENDON-TO-BONE INSERTION SITE TO OPTIMIZE 

STRESS ENVIRONMENT 

Yanxin  Liu, Annie Gitomer Schwartz, Stavros  Thomopoulos, Guy M Genin  (Washington University in St. 

Louis), Victor Mark Birman (Missouri University of Science and Technology) 
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EFFECTS OF POROSITY SHAPE ON THE ELECTROMECHANICAL RESPONSE OF 3-3 

PIEZOELECTRIC FOAMS 

Krishna S Challagulla (Laurentian University), Benjamin V Nguyen (Laurentian University) 

EFFECT OF FOAM SHAPE AND PIEZOELECTRIC MATERIAL PROPERTIES ON THE 

ELECTROMECHANICAL RESPONSE OF 3-3 PIEZOELECTRIC FOAMS 

Krishna S Challagulla (Laurentian University), Jaspreet  Singh (Laurentian University), T.a.  Venkatesh 

(State University of New York at Stony Brook) 

THE BEHAVIOUR OF MAGNETO-RHEOLOGICAL ELASTOMERS UNDER EQUI-BIAXIAL 

TENSION 

Philip  Harrison (University of Glasgow), Gerlind  Schubert (University of Glasgow), Zaoyang  Guo 

(Chongqing University) 

SHAPE MEMORY ALLOY LAMINATE FOR DESIGN OF SELF-FOLDING RECONFIGURABLE 

STRUCTURES 

Edwin Alexander Peraza-hernandez (Texas A&M University), Darren John Hartl (Texas A&M University), 

Dimitris C Lagoudas (Texas A&M University) 

ANALYTICAL AND NUMERICAL MODELING FOR 3D SMART ORTHOTROPIC GRID-

REINFORCED COMPOSITE STRUCTURES 

Edris  Hassan (Dalhousie University) 

SHAPE MEMORY POLYPER BASED NANOCOMPOSITE ACTUATORS 

Qing-qing  Ni (Shinshu University) 

ASYMPTOTIC HOMOGENIZATION MODELING OF MAGNETO-ELECTRIC SMART 

Alexander L. Kalamkarov (Dalhousie University) 

ELECTRICAL BEHAVIOR OF A CFRP UNIDIRECTIONAL LAMINATE UNDER 

TEMPERATURE VARIATION 

Kosuke  Takahashi (Tokyo Institute of Technology), Takahiro  Fujimura (Tokyo Institute of Technology), 

Kazuaki  Inaba (Tokyo Institute of Technology), Kikuo  Kishimoto (Tokyo Institute of Technology) 
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MULTI-SCALE MODELING 

PARAMETRIC STUDY OF SIMULATION PARAMETERS FOR MOLECULAR DYNAMICS 

MODELING OF REACTIVE CARBON GASES USING REAXFF 

Benjamin D. Jensen (Michigan Technological University), Ananyo  Bandyopadhyay (Michigan Technological 

University), Kristopher E. Wise (NASA), Gregory  Odegard (Michigan Technological University) 

APPROACH FOR DRY TEXTILE COMPOSITE FORMING SIMULATION 

Masato  Nishi (JSOL Corporation), Tei  Hirashima (JSOL Corporation) 

MESO-MECHANICAL INVESTIGATION OF WOVEN CARBON FIBER REINFORCED PLASTIC 

Bertram  Stier (Rheinisch Westfalische Technische Hochschule Aachen), Jaan Willem Simon (Rheinisch 

Westfalische Technische Hochschule Aachen), Stefanie  Reese (Rheinisch Westfalische Technische 

Hochschule Aachen) 

MOLECULAR MODELING OF PHYSICAL AGING IN EPOXY POLYMERS 

Ananyo  Bandyopadhyay (Michigan Technological University), Gregory  Odegard (Michigan Technological 

University) 

NUMERICAL MODELLING OF THE WEAVING PROCESS FOR TEXTILE COMPOSITE 

Jérôme  Vilfayeau (ENSAIT), David  Crepin, Damien  Soulat,  François  Boussu (Ecole Nationale 

Superieure des Arts et Industries Textiles), Philippe  Boisse (Institut National des Sciences Appliquees de 

Lyon) 

A NOVEL APPROACH TO MODELLING OF FIBER-REINFORCED COMPOSITES WITH 

CARBON NANOTUBES 

Valentin S. Romanov (Katholieke Universiteit Leuven), Stepan V. Lomov (Katholieke Universiteit Leuven), 

Larissa  Gorbatikh (Katholieke Universiteit Leuven), Ignaas  Verpoest (Katholieke Universiteit Leuven) 

MULTISCALE ANALYSIS FOR PREDICTION OF STRENGTH IN TEXTILES UNDER 

COMBINED THERMOMECHANICAL LOADING 

Wesley Ross Mclendon (Texas A&M University), John D Whitcomb (Texas A&M University) 

MOLECULAR DYNAMICS AND THE CORRESPONDING RHEOLOGICAL RESPONSE OF 

POLYMER NANOCOMPOSITES 

Dong gi  Seong (Korea Institute of Materials Science) 

NUMERICAL DESIGN OF COMPOSITE MATERIALS THROUGH MULTI-SCALE COMPUTER 

SIMULATION 

John  Leach (Battelle Memorial Institute), James  Mackiewicz 

ESTIMATION OF RESIN FLOW FOR FRP BASE ON MPS METHOD 

Shota  Nodomi (Osaka University), Tetsusei  Kurashiki (Osaka University), Ziming  Guo (Osaka 

University), Gaku  Yoshikawa (Osaka University), Fumikazu  Miyasaka (Osaka University) 
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FREE EDGE ANALYSIS OF CFRP LAMINATES BASED ON A HOMOGENIZATION THEORY 

FOR TIME-DEPENDENT COMPOSITES 

Keita  Goto (Tsukuba University), Tetsuya  Matsuda (Tsukuba University) 
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NANOCLAYS 

HIGH-PERFORMANCE EPOXY HYBRID NANOCOMPOSITES MODIFIED BY NANOCLAY 

AND PES 

Boming  Zhang (Beihang University), Yang  Wang (Beihang University) 

MIXED MODE FRACTURE BEHAVIOR OF EPOXY/NANOCLAY NANOCOMPOSITES 

Michele  Zappalorto (University of Padua), Marco  Salviato (), Marino  Quaresimin (University of Padua) 

FABRICATION AND PROPERTY STUDY OF POLYMER/FIBER/CLAY TERNARY 

COMPOSITES 

Xu  Li (Istitute of Materials research and Engineering) 

DEVELOPMENT HIGH TEMPERATURE RESISTANT MATERIALS USING 

CARBON/PHENOLIC PREPREGS WITH NANOCLAYS 

Exequiel Santos Rodríguez (Universidad Nacional de Mar del Plata) 

 

  



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

NANOCOMPOSITES 

ENHANCED MECHANICAL AND ELECTRICAL PROPERTIES OF IN-SITU CROSS-LINKED 

BUCKYPAPER 

Jianwei  Zhang (National University of Defense Technology), Dazhi  Jiang (National University of Defense 

Technology), Hua-xin  Peng (University of Bristol) 

MECHANISMS OF STRAIN INDUCED ALIGNMENT OF CARBON NANOTUBES (CNT): 

PROCESS SCALE-UP AND QUASI-CONTINUOUS HIGHLY ALIGNED CNT MATERIAL 

Richard  Liang (Florida State University) 

EFFECT OF IRON-DEPOSITED REDUCED GRAPHENE OXIDES ON THE NEAR-FIELD 

ELECTROMAGNETIC ABSORBING PROPERTY OF COMPOSITE FILMS 

Jin woo  Yi (Korea Institute of Materials Science) 

SWCNT FUNCTIONALIZATION FOR OPTIMIZED ELECTRICAL CONDUCTIVUTY OF 

EPOXY MATRICES 

Yadienka  Martinez rubi, Christopher  Kingston, Benoit  Simard (NRC), Jose Miguel Gonzalez-dominguez, 

Alejandro   Anson-casaos, Maria Teresa Martinez (Consejo Superior de Investigaciones Cientaficas (CSIC)) 

ELABORATION AND INVESTIGATION ABOUT THE MECHANICAL PROPERTIES OF 

REINFORCED ALIGNED MULTI-WALLED CARBON NANOTUBE CARPETS COMPOSITES 

Jonathan  Bouillonnec (Commisariat a lenergie atomique et aux energies alternatives CEA) 

ATOMISTIC SIMULATION OF DEFORMATION AND FAILURE MECHANISIMS IN CU/SIC 

NANOCOMPOSITES 

Zhenyu  Yang (Beijing University of Aeronautics and Astronautics) 

SWCNT COMPOSITES, INTERFACIAL STRENGTH AND MECHANICAL PROPERTIES 

R. mikael  Larsen (Aalborg University), Jing  Ma (Aalborg University) 

THE ROLE OF NITROGEN ON CARBON NANOTUBES-GRAFTED ACTIVATED CARBON 

FIBERS 

Yu-chun  Chiang (Yuan Ze University) 

EFFECT OF NANOCLAY ON FIRE PERFORMANCE OF HYBRID NANOCOMPOSITE 

Quynh Thuy Nguyen (University of Melbourne), Priyan  Mendis (University of Melbourne), Tuan  Ngo 

(University of Melbourne), Debes  Bhattacharyya (University of Auckland) 

EFFECT OF MORPHOLOGY ON FRACTURE TOUGHNESS OF 

THERMOPLASTIC/THERMOSET/CLAY HYBRID NANOCOMPOSITES 

Sina  Chaeichian (Concordia University), Paula  Wood-adams (Concordia University), Suong  Hoa 

(Concordia University) 
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PROCESSING AND TACTICITY EFFECT ON GLASS TRANSITION TEMPERATURE OF 

PMMA/GRAPHENE NANO-COMPOSITES. 

Shigeru  Aoyama (University of Minnesota - Twin Cities Campus), Ken-Hsuan  Liao (University of 

Minnesota - Twin Cities Campus), Christopher W. Macosko (University of Minnesota - Twin Cities 

Campus) 

ON SLIDING FRICTION OF PEEL-PLY TEXTURED EPOXY RESIN SURFACES 

CONTAMINATED BY AIRCARFT OPERATING FLUIDS 

Lennart  Weiß (Deutsches Zentrum fuer Luft- und Raumfahrt e.V. (DLR)), Thilo  Glaser (Deutsches 

Zentrum fuer Luft- und Raumfahrt e.V. (DLR)), Christian  Hühne (Deutsches Zentrum fuer Luft- und 

Raumfahrt e.V. (DLR)) 

HYBRID WOVEN GLASS FIBRE FABRIC-CARBON NANOTUBE-EPOXY COMPOSITES 

Tina  Lekakou (University of Surrey) 

FUNCTIONAL COMPOSITES OF EPOXY / SILVER-FILLER USING SELF-ASSEMBLY PHASE 

STRUCTURES 

Hajime  Kishi (University of Hyogo) 

ELECTROSPUN NANOFIBROUS COMPOSITES TO CONTROL DRUG RELEASE AND 

INTERACTION BETWEEN HYDROPHILIC DRUG AND HYDROPHOBIC BLENDED 

POLYMER MATRIX 

Yu  Dong (Curtin University of Technology), Hazim J. Haroosh (Curtin University of Technology) 

CERAMIC/METAL NANOCOMPOSITES: LYOPHILIZATION AND SPARK PLASMA 

SINTERING 

Carlos Fidel Gutierrez-Gonzalez, Ramon  Torrecillas, Sonia  Lopez-esteban (Consejo Superior de 

Investigaciones Cientaficas (CSIC)), Said  Agouram (Universidad Politecnica de Valencia) 

SYNTHESIS OF METAL AND METAL OXIDE/CNTS HYBRID NANOPARTICLES AND THEIR 

REINFORCEMENTS IN POLYMERS 

Vijaya K Rangari (Tuskegee University) 

CARBON NANOFIBERS WITH MULTI-CHANNELED SILICON COMPARTMENTS: 

FABRICATION AND ELECTROCHEMICAL PROPERTIES 

Hosung Yang (Seoul National University), Byoung-sun Lee (Seoul National University), Woong-ryeol Yu 

(Seoul National University) 

MICROSCOPIC PROPERTIES AND NUMERICAL SIMULATION OF ALIGNED CNT SHEET 

COMPOSITES 

Tsuda  Terumasa (The University of Tokyo) 
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SELF-DISPERSION OF CARBON NANOTUBES IN THERMOPLAST POLYMER 

Ekaterina  Pavlenko, Pascal  Puech, Wolfgang  Bacsa (Universite Paul Sabatier (Toulouse III)), Victoria 

Tishkova,  Philippe   Salles (Centre National de la recherche scientifique CNRS) 

STIFF AND DUCTILE NANOCOMPOSITES OF EPOXY REINFORCED WITH CELLULOSE 

NANOFIBRILS 

Mohd Farhan Ansari (Royal lnstitute of Technology), Sylvain  Galland (Royal lnstitute of Technology), 

Patrik Sven Fernberg (Swerea SICOMP), Lars A. Berglund (Royal lnstitute of Technology) 

MICROSTRUCTURE AND MECHANICAL PROPERTIES OF ISOTACTIC POLYPROPYLENE 

REINFORCED WITH TIO2 NANOPARTICLES 

Ahmad  Zohre vand (Ecole Polytechnique de Montreal), Abdellah  Ajji (Ecole Polytechnique de Montreal), 

Frej  Mighri (Laval University) 

OPTIMIZING THE PRODUCTION OF NANOCOMPOSITES VIA EXTRUSION TECHNIQUES 

USING NANOPARTICLE CONTAINING DISPERSIONS AND THEIR DISPERSION QUALITY 

Irene  Hassinger (Institut fuer Verbundwerkstoffe GmbH), Thomas  Burkhart (Institut fuer 

Verbundwerkstoffe GmbH), Rolf  Walter (Institut fuer Verbundwerkstoffe GmbH) 
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NANOCOMPOSITES - POSTER 

ELECTRICAL PROPERTIES OF SELF-ALIGNED IN-SITU REDUCED GRAPHENE 

OXIDE/EPOXY NANOCOMPOSITES 

Nariman  Yousefi, Xiuyi  Lin, Qingbin  Zheng, Xi  Shen, Jayaram R Pothnis, Jingjing  Jia, Jang-kyo  Kim 

WRINKLING IN GRAPHENE OXIDE PAPERS: EFFECT ON YOUNG'S MODULUS 

Xi  Shen, Xiuyi  Lin, Nariman  Yousefi, Jingjing  Jia, Jang-kyo  Kim 

THE TOUGHNESS OF EPOXY POLYMERS AND FIBRE COMPOSITES MODIFIED WITH 

RUBBER MICROPARTICLES AND SILICA NANOPARTICLES 

Tony  Kinloch 

NANOCLAY EXFOLIATION PROCESS FOR EPOXY/ORGANOCLAY NANOCOMPOSITES: 

EFFECT OF EPOXY REACTIVE DILUENTS AND DIAMINE CURING AGENTS 

Wiwat  Keyoonwong, Masatoshi  Kubouchi, Saiko  Aoki 

IMPROVED YOUNG'S MODULUS OF GRAPHENE PAPERS MADE FROM LARGE 

GRAPHENE OXIDE SHEETS 

Xi  Shen, Xiuyi  Lin, Nariman  Yousefi, Jingjing  Jia, Jang-kyo  Kim 

ELECTRICAL PROPERTY OF MULTIWALLED CARBON NANOTUBES/EPOXY COMPOSITES 

Jun  Li, George Zhenghong Zhu, Shen  Gong 

MECHANICAL PROPERTIES AND ENERGY ABSORPTION BEHAVIOUR OF POLYMER-

NANOCOMPOSITES 

James  Njuguna, Laura  Gendre, Jinchun  Zhu 

THERMAL ELASTIC BUCKLING OF PLATES MADE OF CARBON NANOTUBE-REINFORCED 

POLYMER COMPOSITE MATERIALS 

Jairan  Nafar dastgerdi 

FABRICATION OF AG-MWNT COMPOSITE NANOPASTE FOR STRETCHABLE AND 

PRINTABLE ELECTRONICS 

Kwang-seok  Kim, Bum guen  Park, Kwangho  Jung, Seung-boo  Jung 

MANUFACTURING AND CHARACTERIZATION OF THERMOPLASTIC COMPOSITES USING 
POLYARYLATE/PET ISLAND-IN-A-SEA FIBERS 

Dakyoung  Yong, Jaejung  Yoo, Taemin  Hong, Seunggoo  Lee 

MECHANICAL BEHAVIOR OF SILANE GRAFTED GRAPHENE NANOPLATELETS / SILICONE 

RUBBER COMPOSITES 

Ting-yu  Wu, Ting-yu  Chang  
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SOL GEL MODIFIED DERIVED CAO-MGO-SIO2 CERAMIC GLASS SYSTEM PREPARATION 

AND IN VITRO CHARACTERIZATION 

C.  Yamagata, M. Rafaela Soares Paiva, O. Zazuko Higa, A. Cecilia Dorion Rodas, A. Carlos Franco 

Silveira, S. Thadeu Reis 

STRUCTURE-PROCESS-PROPERTY RELATIONSHIP OF EXFOLIATED GRAPHITE 

NANOPLATELET / POLYLACTIC ACID COMPOSITES THIN FILMS 

Erin  Sullivan, Kyriaki  Kalaitzidou, Ben  Wang 

EFFECT OF CARBON NANOFIBERS ON COMPRESSION PROPERTIES OF POLYESTER 

Yuanxin  Zhou, Shaik  Zainuddin, Shaik  Jeelani 

CURRENT-VOLTAGE CHARACTERISTICS OF NANO-PLATELET BASED CONDUCTIVE 

NANO-COMPOSITES 

Amirhossein  Biabangard oskouyi, Uttandaraman  Sundararaj, Pierre  Mertiny 

UREAURETHANES WITH ADDITION OF BOEHMITE 

Kamila  Pietrzak, Joanna  Ryszkowska 

EFFECTS OF COUPLING AGENTS AND SURFACE TREATED CARBON NANOTUBES IN PET 

REGRANULATES DERIVED FROM BOTTLE WASTES 

Csilla  Varga 

ON THE INTERFACE MODIFICATION AND MICROSTRUCTURE CONTROL OF 

REINFORCING PARTICLES IN AGSNO2 ECM 

Lawson  Chen, Xiaotong  Chen, Weili  Liu 

A STUDY ON THERMAL SHOCK RESPONSE OF AL-AL2O3 MICRO- AND 

NANOCOMPOSITES 

Khushbu  Dash, Bankim Chandra Ray 

EFFECT OF CARBON NANOTUBES ADDITION ON THE PROPERTIES OF FLEXIBLE 

POLYURETHANE FOAMS 

Anna  Bryskiewicz, Joanna  Ryszkowska 

DEVELOPMENT STUDY OF LIGHTWEIGHT STRUCTURAL MATERIALS USING UD 

CARBON NANOTUBE SHEET 

H.  Nakayama, K.  Goto, T. Huu Nam, S. Yoneyama, S.  Arikawa, K. Naito, Y.  Shimamura, Y.  Inoue 
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NATURAL FIBER COMPOSITES 

CARBON TEMPLATE FROM HEMP HURD POWDER 

Zili  Yan (University of Southern Queensland), Tian  Ma (), Jianchun  Zhang (), Hua  Zhang (People's 

Liberation Army), Hao  Wang (University of Southern Queensland) 

WHAT ARE THE POSSIBLE ORIGINS OF THE NONLINEAR TENSILE BEHAVIOUR OF HEMP 

FIBRES? 

Vincent  Placet (FEMTO-ST), Frederique  Trivaudey (FEMTO-ST), Ousseynou Cisse (FEMTO-ST), M 

Lamine Boubakar (FEMTO-ST) 

INFLUENCE OF FIBRE ARCHITECTURE ON IMPACT AND FATIGUE BEHAVIOUR OF FLAX 

FIBRE-BASED COMPOSITES 

Farida/  Bensadoun, Delphine  Depuydt, Joris  Baets, Aart Willem Van vuure, Ignaas  Verpoest (Katholieke 

Universiteit Leuven) 

A METHODOLOGY TO ASSESS THE MECHANICAL BEHAVIOR OF PLANT FIBERS - 

APPLICATION TO FLAX FIBER ROVINGS UNDER TENSILE LOADING 

Antoine Barbulée (ENSICAEN/UCBN/CNRS), Joël Bréard (Université du Havre / CNRS), Jean-Paul 

Jernot (ENSICAEN/UCBN/CNRS), Moussa Gomina (ENSICAEN/UCBN/CNRS)  

THE RECOVERY, REPROCESSING AND REUSE OF WASTE GLASS FIBRE FABRICS: CLOSED-

LOOP RECYCLING 

Claire Fiona Wait, Nicholas  Shotton-gale, Mohammed Shafiq Irfan, Surya  Pandita, Liwei  Wang, Mark  

Paget, Roger   Price, John  James, Gerard  Fernando (University of Birmingham) 

INTERFACIAL ADHESION AND MECHANICAL BEHAVIOUR OF NATURAL FIBRE 

COMPOSITES: EFFECT OF SURFACE ENERGY AND PHYSICAL ADHESION 

Carlos Anibal Fuentes, Le Quan Ngoc  Tran, Christine  Dupont-gillain, Aart Willem Van vuure, Ignaas  

Verpoest (Katholieke Universiteit Leuven) 

FLAME RETARDANT KENAF/PLA BIOCOMPOSITES: EFFECT OF AMMONIUM 

POLYPHOSPHATE 

Donghwan  Cho (Kumoh National University of Technology) 

POLYPROPYLENE/KENAF COMPOSITES: THEIR MECHANICAL/FIRE RETARDANT 

PROPERTIES AND FIBER LENGTH RETENTION IN TWIN SCREW PROCESSING 

Debes  Bhattacharyya (University of Auckland) 

EFFECT OF REPROCESSING CYCLES ON MORPHOLOGY AND PROPERTIES OF ETHYLENE 

VINYL ACETATE (EVA) COPOLYMER/OLIVE HUSK FLOUR COMPOSITES 

Mustapha  Kaci (Universite de Bejaia) 
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EXPERIMENTAL AND THEORETICAL STUDY OF THE TENSILE MODULUS OF NEEDLE 

PUNCHED HEMP FIBER MAT COMPOSITES 

Mahi  Fahimian (University of Manitoba), Raghavan  Jayaraman (University of Manitoba) 

MECHANICAL TESTING OF SCALED CELLULOSE NANO-FIBER BASED COMPOSITES MADE 

USING MICRO-RTM PROCESS 

Bamdad  Barari (University of Wisconsin - Milwaukee), Krishna M. Pillai (University of Wisconsin - 

Milwaukee) 

NATURAL FIBER REINFORCED BIOCOMPOSITES: EFFECT OF FIBER TREATMENTS BY 

ULTRASOUND 

Mohammad Dalour Beg (Universiti Malaysia Pahang) 

CARBOHYDRATE DERIVED CO-POLY(LACTIDE) AS COMPATIBILISER FOR BACTERIAL 

CELLULOSE REINFORCED POLYLACTIDE NANOCOMPOSITES 

Koon-yang  Lee (Imperial College of Science), Thanit  Montrikittiphant (Imperial College of Science), Min  

Tang (Imperial College of Science), Charlotte  Williams (Imperial College of Science), Alexander  Bismarck 

A NEW BIODEGRADABLE BIOPLASTIC TERNARY BLEND AS NEW MATRIX SYSTEM FOR 

BIOCOMPOSITE USES 

Kunyu  Zhang (University of Guelph), Amar K Mohanty (University of Guelph), Manjusri  Misra 

(University of Guelph) 

TPI EFFECT ON RESIN IMPREGNATION IN VARTM AND ITS MECHANICAL PROPERTIES 

FOR NATURAL FIBER COMPOSITES 

Junji  Noda (Yamaguchi University) 

FLEXURAL FATIGUE BEHAVIOUR OF NEW ENGINEERED BIOCOMPOSITES FROM POLY 

(3-HYDROXYBUTYRATE-CO-HYDROXYVALERATE) (PHBV)/POLY (BUTYLENE 

ADIPATE-CO-TEREPHTHALATE) (PBAT) BLENDS AND SWITHGRASS 

Anh dung  Ngô (Ecole de Technologie Superieure), Manjusri  Misra, Vidhya  Nagarajan (University of 

Guelph), Amar K Mohanty (University of Guelph), Martin  Cardonne, Mohamed  Khay (École de 

technologie supérieure - Université du Québec) 

STUDY OF THE REPROCESSING EFFECTS ON THE BEHAVIOR OF THE PVC/ALFA 

COMPOSITES COMPATIBILIZED WITH PVC-G-MA 

Amar  Boukerrou (Universite de Bejaia), Dalila  Hammiche (Universite de Bejaia), Alain  Bourmaud 

(Universite de Bretagne Sud), Hocine  Djidjelli (Universite de Bejaia), Yves  Grohens (Universite de 

Bretagne Sud) 

INTRODUCTION OF SOCIETY OF AUTOMOTIVE COMPOSITES JAPAN - A NEW WAVE OF 

COMPOSITES FOR AUTOMOBILE INDUSTRY 

Keynote:Hiroyuki  Hamada (Kyoto Institute of Technology), Asami Nakai (Gifu University) 
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STIFFNESS PREDICTION IN GREEN COMPOSITES USING HOMOGENIZATION 

TECHNIQUES 

Asghar  Arab (Universitat des Saarlandes), Markus  Stommel (Universitat des Saarlandes), Lennart  

Wallström (Lulea University of Technology), Janis  Varna (Lulea University of Technology) 

NANOCRYTALLINE CELLULOSE-LIGNIN CARBON NANOFIBRES 

Yingjie  Li (University of British Columbia), Li-ting  Lin (University of British Columbia), John F. Kadla 

(University of British Columbia), Frank  Ko (University of British Columbia) 

SURFACE ANALYSES OF BASALT FIBRES: TAILORING THE INTERPHASE OF GREEN FIBRE 

REINFORCED COMPOSITES 

Theresa  Foerster (Leibniz Institute of Polymer Research Dresden), Edith  Maeder (Leibniz Institute of 

Polymer Research Dresden), David  Jesson (University of Surrey), John F. Watts (University of Surrey) 

PREPARATION AND PROPERTIES OF PLANT FIBER MODIFIED PHENOLIC FOAM 

COMPOSITE MATERIALS 

Zhong-jia  Yang (Beihang University), Yizhuo  Gu (Beihang University), Xuelin  Tan (Beihang University), 

Min  Li (Beihang University), Zuoguang  Zhang (Beijing University of Aeronautics and Astronautics) 

WETTABILITY EVALUATION OF FLAX AND PAPER FIBERS USING THE SESSILE DROP 

TECHNIQUE. 

Gilbert  Lebrun (University of Quebec at Trois-Rivieres) 

MECHANICAL PROPERTY OF PAPER REINFORCED THERMOSETTING RESIN COMPOSITE 

Takanori  Kitamura, Kanta  Ito, Suguru  Teramura (Daiwa Itagami Co. Ltd.), Ryo  Marui (Marui Textile 

Machinery Co.Ltd.), Zhiyuan  Zhang, Hiroyuki  Hamada (Kyoto Institute of Technology), Yuqiu  Yang 

(Donghua University) 

UTILIZATION OF A THREE-STEP THERMO-MECHANICAL TREATMENT TO MODIFY 

WOOD PROPERTIES 

Rébla Gonçalves Vasconcelos (Universidade de Brasilia), Claudio Henrique Del menezzi (Universidade de 

Brasilia) 

FABRICATION AND MECHANICAL PROPERTIES OF UNIDIRECTIONAL COMPOSITE OF 

SILK FIBER/PLA BY COMPRESSION MOLDING 

Anin  Memon (Kyoto Institute of Technology), Asami  Nakai (Gifu University) 

HIGH PERFORMANCE SELF-REINFORCED POLYLACTIC ACID BIOCOMPOSITES WITH 

DEGRADATION SENSING 

Fang  Mai (Queen Mary and Westfield College, University of London), Emiliano  Bilotti (Queen Mary and 

Westfield College, University of London), Ton  Peijs (Queen Mary and Westfield College, University of 

London) 
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THERMAL BEHAVIOR OF SUGARCANE BAGASSE/PP COMPOSITES USING LIGNIN AS 

COMPATIBILIZER AGENT 

Patrícia Câmara Miléo (Universidade de Sao Paulo) 

HIERARCHICAL REGENERATED CELLULOSE FIBRE REINFORCED 

POLYHYDROXYBUTARATE 

Alexander  Bismarck (Imperial College of Science), Siti rosminah  Shamsuddin (Imperial College of Science), 

Koon-yang  Lee (Imperial College of Science) 

MOISTURE ABSORPTION OF GLUTEN POLYMERS AND FLAX/GLUTEN COMPOSITES 

Nhan  Vo hong, Aart Willem Van vuure , Peter  Van puyvelde, Ignaas  Verpoest (Katholieke Universiteit 

Leuven) 

THE EFFECT OF FIBER MICROSTRUCTURE AND FIBER-MATRIX INTERFACIAL 

ADHESION ON MECHANICAL PROPERTIES OF COIR FIBRE COMPOSITES 

Le Quan Ngoc  Tran, Carlos Anibal Fuentes, Christine  Dupont-gillain, Aart Willem Van vuure, Ignaas  

Verpoest (Katholieke Universiteit Leuven) 

 

 

 

  



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

 

NON DESTRUCTIVE EVALUATION 

DEVELOPMENT AND TESTING OF A HYBRIDE ACTIVE – PASSIVE ACOUSTIC SHM 

SYSTEM FOR IMPACT DAMAGE DETECTION IN HONEYCOMB AIRCRAFT STRUCTURES 

Michael  Scheerer (Aerospace & Advanced Composites GmbH), Daniel  Lager (Aerospace & Advanced 

Composites GmbH), Firat  Goeral (Aerospace & Advanced Composites GmbH) 

ON THE ANISOTROPIC ATTENUATION BEHAVIOR OF THE FLEXURE MODE OF CARBON 

FIBER COMPOSITES 

Brian Michael Burks (National Institute of Standards and Technology (NIST)), Marvin A Hamstad 

(University of Denver) 

APPROACHES FOR AE MONITORING OF DELAMINATION ONSET AND GROWTH IN 

COMPOSITES 

Ahmed  Maslouhi (University of Sherbrooke), Silversides  Ian (University of Sherbrooke), Laplante  Gabriel 

(University of Moncton) 

INSPECTION OF COMPOSITE COMPONENTS BY PURE GUIDED WAVE BASED 

ULTRASONIC IMAGING WITH ONE PHASED ARRAY PROBE. 

Michel  Castaings (Universite Bordeaux I), Alban  Leleux (Universite Bordeaux I), Philippe  Micheau 

(University of Sherbrooke) 

EXAMINATION OF DRAPE-INDUCED DEFECTS USING COMPUTER X-RAY 

TOMOGRAPHY 

James Stephen Lightfoot (University of Bristol), Kevin  Potter (University of Bristol), Michael R Wisnom 

(University of Bristol) 

THE INFLUENCE OF DELAMINATION OPENING IN CARBON FIBRE/EPOXY LAMINATES 

ON SIGNAL CHARACTERISTICS OF PULSE PHASE THERMOGRAPHY 

Henrik  Schmutzler, Narumichi  Sato, Alejandro  Garcia, Martin  Schuett, Hans  Wittich, Hermann  

Rohling, Karl  Schulte (Technische Universitat Hamburg-Harburg) Masaaki  Nishika, Masaki  Hojo (Kyoto 

University) 

RESISTIVE HEATING STRUCTURAL DAMAGE DETECTION IN NANOCOMPOSITES 

Roberto  Guzman de villoria (IMDEA Materials), Vanesa  Martinez (IMDEA Materials) 

PLY WAVINESS DETECTION AND MESH GENERATION FOR COMPOSITES BASED ON X-

RAY COMPUTED TOMOGRAPHY 

Yuri G Nikishkov (University of Texas at Arlington), Gennadiy  Nikishkov (University of Aizu), Andrew  

Makeev (University of Texas at Arlington) 
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A STUDY ON MULTI-AXIAL FORCE MEASUREMENT OF POLYMER SKINS USING FBG 

SENSOR 

Oh min  Kwon (Andong National University), Hui yun  Hwang (Andong National University), Sang kyun  

Hwang (Andong National University), Hyun ju  Oh (Chonbuk National University), Seong su  Kim 

(Chonbuk National University) 

A STUDY ON THE TACTILE SENSING SYSTEM USING PIEZOELECTRIC FIBER 

Sang kyun  Hwang (Andong National University), Hui yun  Hwang (Andong National University), Oh min  

Kwon (Andong National University), Seong su  Kim (Chonbuk National University) 

GENERELIZED COMPLIANCE, A NEW TECHNIQUE FOR PROGRESSIVE DAMAGE 

ANALYSIS IN COMPOSITE MATERIALS 

Kenneth L Reifsnider (University of South Carolina - Columbia), Md Rassel Raihan (University of South 

Carolina - Columbia) 

STRUCTURAL METHODS FOR COMPOSITES IN THE PRESENCE OF POROSITY/VOIDS 

Guillaume  Seon (University of Texas at Arlington), Yuri G Nikishkov (University of Texas at Arlington), 

Andrew  Makeev (University of Texas at Arlington) 
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OUT OF AUTOCLAVE MANUFACTURING 

INFLUENCE OF AIR RELEASE AGENT ADDITIVE ON VACUUM BAG CURABLE PREPREG 

Baoyan  Zhang (China Aviation Industry Corp) 

INVESTIGATION OF THE PROPERTIES OF CARBON FIBER / EPOXY COMPOSITE 

LAMINATES FABRICATED WITH CO-RFI PROCESS 

Xuqiang  Ma (Beihang University), Yizhuo  Gu (Beihang University), Min  Li (Beihang University), Yanxia  

Li (Beijing University of Aeronautics and Astronautics), Zuoguang  Zhang (Beijing University of 

Aeronautics and Astronautics) 

VACUUM BAG ONLY MANUFACTURING OF HONEYCOMB SANDWICH PANELS 

James  Kratz (McGill University), Pascal  Hubert (McGill University) 

EFFECT OF LAYUP AND PLY MORPHOLOGY ON VOID FORMATION IN OUT-OF-

AUTOCLAVE PREPREGS 

Timotei  Centea (McGill University), Mathieu  Preau (McGill University), Pascal  Hubert (McGill 

University) 

MESO-SCALE MULTIPHYSIC MODELLING OF THE WET FILAMENT WINDING PROCESS 

Hugo Faria (INEGI - Institute of Mechanical Engineering and Industrial Management), Francisco Manuel 

Pires (University of Porto), António Torres Marques (University of Porto) 
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PHYSICAL PROPERTIES 

THERMO-MECHANICAL INVESTIGATION OF ELECTROFORMED NICKEL-CARBON 

FIBERS COMPOSITES 

Sabah S Abdulnoor (University of Technology) 

FIBER ORIENTATION ASSESSMENT IN CARBON FIBER REINFORCED COMPOSITES USING 

INFRARED THERMOGRAPHY 

Henrique Coelho Fernandes (Laval University), Xavier  Maldague (Laval University) 

TEXTURE SHARP TRANSITION MECHANISM OF PYROCARBON BASED ON MONTE 

CARLO 

Qingbo  Huang (Shanghai University), Ruicheng  Bai (Shanghai University), Aijun  Li (Shanghai University), 

Hong  Li (Shanghai University), Musu  Ren (Shanghai University), Jinliang  Sun (Shanghai University) 

NUMBERICAL AND EXPERIMENTAL ANALYSIS FOR MODE I FRACTURE OF TI/APC-2 

HYBRID COMPOSITE LAMINATES 

Lei  Pan (Nanjing University of Aeronautics and Astronautics) 
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PREFORMS 

PREDICTION METHOD OF INTERNAL STRUCTURE FOR DESIGNING BRAIDED -

COMPOSITES WITH THERMOPLASTIC RESIN 

Takeshi  Saito (Kyoto Institute of Technology), Ryo  Morinaga (Kyoto Institute of Technology), Masaru  

Imamura (Kyoto Institute of Technology), Asami  Nakai (Gifu University), Akio  Ohtani (Gifu University) 

PREDICTION METHOD OF INTERNAL STRUCTURE FOR DESIGNING BRAIDED 

COMPOSITES WITH THERMOSET RESIN 

Masaru  Imamura (Kyoto Institute of Technology), Ryo  Morinaga (Kyoto Institute of Technology), Akio  

Ohtani (Gifu University), Asami  Nakai (Gifu University) 

MECHANICAL PROPERTIES OF 3D WOVEN COMPOSITES WITH LARGE REPEAT UNIT 

CELLS 

Edward Archer , Alistair Mcilhagger 
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PROCESSING 

DEVELOPMENT OF FIBER TOW SPREADING SYSTEM AND ITS APPLICATION FOR THIN 

FIBER REINFORCED MATERIALS 

Tohru  Morii (Shonan Institute of Technology), Masaaki  Shimaba (Shonan Institute of Technology), 

Masahiro  Mogi (ITO Yacht Sails LTD) 

LASER WELDING MODELLING FOR THERMOPLASTIC COMPOSITE AND DEVELOPMENT 

OF AN ADAPTED MATERIAL CHARACTERIZATION METHOD 

Mylene  Deleglise (Ecole des Mines de Douai), Benoit  Cosson (Ecole des Mines de Douai) 

NUMERICAL AND EXPERIMENTAL INVESTIGATIONS OF CONTINUOUS FIBRE 

REINFORCEMENTS AND THERMOPLASTIC RESIN (CFRTP) FORMING 

Peng  Wang (Ecole Nationale Superieure des Arts et Industries Textiles), Nahiene  Hamila (Institut 

National des Sciences Appliquees de Lyon), Philippe  Boisse (Institut National des Sciences Appliquees de 

Lyon) 

SOLID MECHANICS-BASED SIMULATION OF COMPOSITE FORMING WITH STRESS 

RELAXATION IN THE DRY FABRIC REINFORCEMENT AND RESIN CURING 

Mojtaba  Komeili (University of British Columbia), Abbas  Milani (University of British Columbia) 

INFLUENCE OF MATERIAL FLOW IN COMPRESSION MOLDING ON MECHANICAL 

PROPERTIES OF DISCONTINUOUS CF/PP 

Nozomi  Mitsui (The University of Tokyo), Kazuro  Kageyama (Tokyo University), Jun  Takahashi (The 

University of Tokyo), Kiyoshi  Uzawa (Kanazawa Institute of Technology), Isamu  Osawa (Tokyo 

University) 

STUDY ON APPLICATION OF ABRASIVE WATER JET CUTTING TO THICK CFRP PLATE 

Hirohito  Hira (Daido University) 

INFLUENCE OF MILL GEOMETRY ON CUTTING FORCE AND SURFACE MORPHOLOGY OF 

MULTIDIRECTIONAL CFRP 

Yan  Chen (Nanjing University of Aeronautics and Astronautics), Yucan  Fu (Nanjing University of 

Aeronautics and Astronautics), Honghua  Su (Nanjing University of Aeronautics and Astronautics), 

Shengchao  Han (Nanjing University of Aeronautics and Astronautics) 

ULTRASONIC WELDING OF THERMOPLASTIC COMPOSITE. MODELING THE HEATING 

PHENOMENA 

Steven  Le corre (Universite de Nantes), Arthur  Levy (McGill University), Irene  Fernandez villegas (Delft 

University of Technology) 
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UNDERSTANDING THE LAMINATION PROCESS TO IMPROVE COMPOSITE 

MANUFACTURING 

Michael Philip Elkington (University of Bristol), Carwyn  Ward (University of Bristol), Anna  Chatzimichali 

(University of Bristol), Leo Dominic  Bloom (University of Bristol), Kevin  Potter (University of Bristol) 

ON PREPREG PROPERTIES AND MANUFACTURABILITY 

Leo Dominic  Bloom (University of Bristol), Carwyn  Ward (University of Bristol), Anna  Chatzimichali 

(University of Bristol), Kevin  Potter (University of Bristol), Michael Philip Elkington (University of Bristol) 

CO2-LASER-ASSISTED PRODUCTION OF HYBRID FIBER-REINFORCED THERMOPLASTIC 

COMPOSITES 

Christian  Brecher (Fraunhofer Institute for Production Technology), Michael  Emonts (Fraunhofer Institute 

for Production Technology), Joffrey  Stimpfl (Fraunhofer Institute for Production Technology) 

THE IMPACT OF PROCESS PARAMETERS ON THE RESIDUAL STRESSES AND 

DISTORTIONS IN PULTRUSION 

Ismet  Baran (Technical University of Denmark), Jesper Henri Hattel (Technical University of Denmark), 

Cem C Tutum (Technical University of Denmark) 

INFLUENCE OF CUTTING PARAMETERS AND WEAR IN DRILLING OF 3D WOVEN 

CARBON/EPOXY COMPOSITES 

Nicolas  Cadorin (Institut Clément Ader), Redouane  Zitoune (Institut Clément Ader), Francis  Collombet 

(Institut Clément Ader), Bruno  Castanié (Institut Clément Ader), Mathias  Seve (Snecma) 

NANOSTRUCTURE GRADIENTS IN INJECTION-MOLDED   PP/MMT COMPOSITES 

STUDIED BY MICROBEAM SAXS 

Norbert Stribeck (University of Hamburg), Konrad Schneider (Institut für Polymerforschung), Ahmad 

Zeinolebadi (University of Hamburg), Xuke Li (University of Hamburg), Zina Vuluga (Institute ICECHIM), 

Stephan Volkher Roth (HASYLAB at DESY) 

MANUFACTURING OF HYBRID STRUCTURES BY PREPREG PRESS TECHNOLOGY 

Christian  Lauter (Universitat Paderborn), Tim  Krooss (Universitat Paderborn), Thomas  Troester 

(Universitat Paderborn) 

A CASE STUDY ON DIMENSIONAL CHANGE OF GLASS FIBRE REINFORCED POLYMERS 

AFTER DEMOULDING: A COMBINED EFFECT OF CURE PROGRESSION AND THERMO-

VISCOELASTIC BEHAVIOUR 

Maziar  Shah mohammadi, Lucie  Solnickova, Bryn James Crawford, Mojtaba  Komeili, Abbas  Milani 

PROCESS INDUCED WARPAGE IN LAMINATED SHELLS 

Jos  Sinke (Delft University of Technology) 
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EFFECT OF VACUUM PRESSURE DURING CURING OF CARBON FIBRE LAMINATES ON 

THEIR MACHINABILITY 

Pierre  Coulon (École de technologie supérieure - Université du Québec), Martine  Dube (École de 

technologie supérieure - Université du Québec), Jean-françois  Chatelain (École de technologie supérieure - 

Université du Québec) 

ALIGNED SHORT FIBRE COMPOSITES WITH HIGH PERFORMANCE 

Hana  Yu (University of Bristol), Kevin  Potter (University of Bristol), Michael R Wisnom (University of 

Bristol) 

COATING POLYMER MATRIX COMPOSITE TOOLING USING PULSED GAS-DYNAMIC 

SPRAYING 

Simon  Gosselin (University of Ottawa), Francois  Robitaille (University of Ottawa), Mohammed  Yandouzi 

(University of Ottawa), Bertrand  Jodoin (University of Ottawa) 

DEVELOPMENT AND PROCESSING OF INTERMEDIATE MATERIAL FOR CONTINUOUS 

FIBER REINFORCED THERMOPLASTIC COMPOSITES 

Kazufumi  Nakazawa (Kyoto Institute of Technology), Toshihiro  Motochika (Kyoto Institute of 

Technology), Mitsurou  Takagi (Kaji Group Co. Ltd), Akio  Ohtani (Gifu University), Asami  Nakai (Gifu 

University) 

EVALUATION OF THE FRACTURE TOUGHNESS OF COMPOSITE/ADHESIVE INTERFACE 

APPLIED BY IN-MOLD SURFACE MODIFICATION UNDER MODE II LOADING 

Yukimoto  Yoshikazu (Tokyo University of Science) 

A NOVEL COMPOSITION FOR REMOVABLE INNER TOOLING OF HOLLOW COMPOSITE 

STRUCTURES 

David  Schultheiss (Technische Universitat Munchen), Cornelia  Becker (Technische Universitat Munchen), 

Swen  Zaremba (Technische Universitat Munchen), Christoph   Ebel (Technische Universitat Munchen), 

Klaus  Drechsler (Technische Universitat Munchen) 

CURE MONITORING OF THICK CFRP LAMINATE BY OPTICAL-FIBER-BASED 

DISTRIBUTED SENSOR 

Yusaku  Ito (Tokyo University), Takato  Obo (Tokyo University), Shu  Minakuchi (The University of 

Tokyo), Nobuo  Takeda (The University of Tokyo) 

COMPARISON OF MECHANICAL PROPERTIES BETWEEN FRTP USING IN-SITU 

POLYMERIZABLE PA6 AND FRP USING FIRST CURABLE EPOXY RESIN 

Kazuhiro  Sakata (Nihon University), Goich  Ben (Nihon University), Hirofumi  Nishida 

CURE MONITORING OF CFRP: ELECTRICAL IMPEDANCE ANALYSIS 

Philippe  Marguerès (Institut Clément Ader), Philippe A Olivier (Institut Clément Ader), Thierry  Camps, 

Sonia  Sassi (Institut Clément Ader), Mahamadou  Mounkaila 
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REINFORCEMENT OF PARTIALLY CURED AEROSPACE STRUCTURES WITH B-STAGED 

PATCHES 

Julia  Studer (Fachhochschule Nordwestschweiz), Kunal  Masania (Fachhochschule Nordwestschweiz), 

Clemens  Dransfeld (University of Applied Sciences and Arts Northwestern Switzerland), Nicolas  

Eguemann (Cross Composite AG) 

EFFECT OF FIBER VOLUME FRACTION AND PROCESS ORIENTATION ON MODULES OF 

POLYETHYLENE GLASS FIBER COMPOSITE FIBER 

Amir  Khorsand (University of Manitoba), Jayaraman  Raghvan (University of Manitoba) 

CHARACTERIZING VISCOELASTIC PROPERTIES OF CURING EPOXY FROM PRE-

GELATION TO FULL CURE 

Ryan J Thorpe (Convergent Manufacturing Technologies Inc.), Anoush  Poursartip (University of British 

Columbia) 

CURE MONITORING OF 3D ANGLE INTERLOCK WOVEN CARBON FIBRE COMPOSITES 

AT. McIlhagger, J. Broderick, E. Archer (University of Ulster) 

HEAT RESISTANCE PROPERTIES OF FRTP COMPOSED OF IN-SITU PORIMERIZATION PA6 

AND CF AND GF FABRICS 

Akiko  Hirabayashi (Nihon University), Goich  Ben (Nihon University), Hikaru  Ozeki () 

HOLLOW STRUCTUAL PRODUCT OF CONTINUOUS FIBER REINFORCED 

THERMOPLASTIC COMPOSITES BY HIGH CYCLE MOLDING 

Koichi  Bun (Kyoto Institute of Technology), Toshihiro  Motochika (Kyoto Institute of Technology), Asami  

Nakai (Gifu University), Hitoshi  Kitamura (Toyobo Co. Ltd.), Hidetoshi  Sonoda (Toyobo Co. Ltd.), 

Satoshi  Nagoh (Toyobo Co., Ltd.) 

TOOL MATERIAL EFFECTS ON PROCESS INDUCED DEFORMATION OF COMPOSITE SPAR 

STRUCTURES 

Takayuki  Shimizu (Mitsubishi Heavy Industries, Ltd.), Toshio  Abe (Mitsubishi Heavy Industries, Ltd.) 

NUMERICAL APPLICATIONS AND VERIFICATION OF AN INTEGRATED FLOW-STRESS 

MODEL IN PROCESSING OF THERMOSET COMPOSITES 

Mehdi  Haghshenas (University of British Columbia), Reza  Vaziri (University of British Columbia), Anoush 

Poursartip (University of British Columbia) 

MODELING AND CHARACTERIZATION OF THERMOPLASTIC COMPOSITES 

PEEK/CARBON 

Kouwonou Kodjo Dodji (Ecole de Technologie Superieure), Tan  Pham (École de technologie supérieure - 

Université du Québec), Gilbert  Lebrun (University of Quebec at Trois-Rivieres) 
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PROCESSING – POSTER 

FABRICATION AND MECHANICAL PROPERTIES OF SELF-REINFORCED POLYESTER 

DOUBLE COVERED UNCOMMINGLED YARN COMPOSITES 

Chang-mou  Wu 

DSC INVESTIGATION OF THE INFLUENCE OF CARBON CONTENT ON PEEK 

CRYSTALLISATION 

Olivier  De almeida, Emeline  Bessard, Gérard  Bernhart 

In situ monitoring of liquid composite processing 

Fabien  Cara 

TOWARDS COST-EFFECTIVE TEXTILE CHARACTERISATION: KEY PARAMETERS IN 

MATERIAL CHARACTERISATION 

Andrew  Walbranen, Hannes  Körber 

AUTOCLAVE FORMATION TECHNOLOGY FOR CFRTP BRAIDED T-SHAPED PIPE 

Toshikazu  Uchida, Koichi  Bun, Akio  Ohtani, Asami  Nakai 

RELATIONSHIPS BETWEEN DEGREE OF SKILL, DIMENSION STABILITY AND 

MECHANICAL PROPERTIES OF COMPOSITE STRUCTURE IN HAND LAY-UP METHOD 

T.  Kikuchi, H.  Hamada, A. Nakai, A.  Ohtani, A.  Goto, Y.  Takai, T.  Koshino, A.i  Endo, C.  Narita, A. 

Fudauchi 

PROCESS ANALYSIS OF HAND LAY UP METHOD BY VARIOUS EXPERIENCE PERSONS 

T.  Kikuchi, H.  Hamada, A. Nakai, A. Ohtani, A.  Goto, Y.  Takai, A.  Endo, T.  Koshino, C.  Narita, A. 

Fudauchi 

CURING KINETIC AND PROPERTIES OF MEHHPA /HYDANTOIN EPOXY RESIN SYSTEM 

Ling  Li 

CURE KINETIC OF ADHESIVE FOR RAPID REPAIR BY NON-ISOTHERMAL METHOD 

Ying Chun Li, Mengyuan  Wang 

A STUDY OF QUADRIAXIAL AND TRIAXIAL COMPOSITE TUBES DEVELOPED BY BRAID-

WINDING 

Sree shankhachur  Roy, Prasad  Potluri, Constantinos  Soutis 

SMALL LEAKAGE BIG PROBLEM - AUTOMATED LEAKAGE DETECTION OF VACUUM 

SETUPS IN CFRP PRODUCTION 

Jens  Boelke 
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SECONDARY FORMING OF HYBRID REINFORCEMENTS METAL MATRIX COMPOSITE 

Hyun ho  Kim, Chung-gil  Kang 

POROSITY ELIMINATION RELATED FROM THE VOLATILES FROM THE 

POLYMERIZATION IN RTM PROCESSING 

Cédric  Pupin 

THE COMPRESSION RESIN TRANSFER MOULDING PROCESS FOR EFFICIENT COMPOSITE 

MANUFACTURE 

Kunal  Masania, Clemens  Dransfeld, benjamin  bachmann 

THREE-DIMENSIONAL ULTRASONIC CUTTING OF RTM PREFORMS – A PART OF A HIGH 

VOLUME PRODUCTION SYSTEM 

Andreas  Björnsson, Kerstin  Johansen, Dan Eric Alexandersson 

INFLUENCE OF THE IMPREGNATION RATE AND COMPRESSION MOLDING CONDITIONS 

Kenichi  Hasegawa, Masachika  Yamane Suzuki, Jun  Takahashi, Isamu  Ohsawa 

TIMESAVING QUALITY ASSURANCE FOR THE AUTOMATED PREFORMING PROCESS IN 

THE AUTOMOBILE SERIAL PRODUCTION OF CARBON COMPOSITES 

Daniel  Brabandt, Gisela  Lanza, Patrick  Bingemann 

UV CURABLE COATING FOR FLAME-RETARDANT TEXTILE FINISHING 

Nantana  Jiratumnukul, Watcharinporn  Promsook 

SOLVENT-CAST DIRECT-WRITE MICROFABRICATION OF THERMOPLASTIC-BASED 

NANOCOMPOSITE STRUCTURES 

Shuang-zhuang  Guo, Marie-claude  Heuzey, Daniel  Therriault 

THE EFFECT OF THERMAL RESISTANCE ON THE CURING PROCESS OF A COMPOSITE 

PART 

Zhongmin Xue, Ltd, Qizhong Huang, Mingfa Ren, Hu Zhaohui, Gao Hongcheng 
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REPAIRS AND MACHINING 

HEALING CARBON FIBER/POLYMER COMPOSITES BY RESISTIVE HEATING 

Lifeng  Hao (Harbin Institute of Technology), Chengqin  Dai (Harbin Institute of Technology), Hongtao  

Zhang (Harbin Institute of Technology), Rongguo  Wang (Harbin Institute of Technology), Sichuan  Li (), 

Xianglong  Huang (), Fanjun  Meng (), Zaiwen  Lin () 

EXPERIMENTAL INVESTIGATION OF SCARF JOINTS WITH MISMATCHED ADHERENDS 

Jun yi  Goh (Royal Melbourne Institute of Technology), Chun H Wang (RMIT University), Adrian  Orifici 

(Royal Melbourne Institute of Technology) 

DETECTION OF CONTAMINANTS ON CFRP SURFACES - A NECESSITY FOR COMPOSITE 

REPAIR? 

Georg christian  Wachinger (EADS Innovation Works) 

ON THE EFFECT OF MQL PARAMETERS ON MACHINING QUALITY OF CFRP 

Helmi  Attia (National Research Council Canada) 

EXPERIMENTAL OPTIMIZATION OF ORBITAL DRILLING OF WOVEN CARBON FIBER 

REINFORCED EPOXY LAMINATES 

Helmi  Attia (National Research Council Canada), Ahmad  Sadek (McGill University) 

MATERIAL REMOVAL MECHANISM OF CARBON/EPOXY COMPOSITES IN SINGLE 

DIAMOND GRAIN MACHINING 

Helmi  Attia (National Research Council Canada), Ireen  Sultana (McGill University), Zhongde  Shi 

(National Research Council of Canada NRC), Vincent  Thomson (McGill University) 
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STEPHEN TSAI AWARD 

INNOVATIVE GLASS-CERAMIC MATRIX COMPOSITES: PROCESSING AND 

CHARACTERIZATION 

Anais  Farrugia(Institut Clément Ader), Gilles  Dusserre (Institut Clément Ader), Thierry  Cutard (Institut 

Clément Ader), Magali  Rollin, Stephanie  Fouquet (Herakles) 

POLY (VINYL ALCOHOL)/GRAPHENE OXIDE FIBER PREPARED BY GEL PROCESS 

Seira  Morimune (Kobe University) 

A NEW MULTI-PHYSICS MOLECULAR DYNAMICS FINITE ELEMENT METHOD FOR 

DESIGNING GRAPHENE BASED NANO-STRUCTURES 

Andre Antoine Renaud Wilmes (Imperial College of Science), SilvestreT Pinho (Imperial College of Science) 

CONTRIBUTIONS TO THE PROCESS MODELLING OF RESIN INFUSION UNDER FLEXIBLE 

TOOLING (RIFT) MANUFACTURING FOR COMPOSITE AEROSTRUCTURES 

Robert Samuel Pierce (Monash University), Brian George Falzon (Queen's University Belfast), Mark  

Thompson (Monash University), Romain  Boman (Universite de Liege) 

GAS PERMEABILITY OF PARTIALLY SATURATED FABRICS 

Thomas Anthony Cender (University of Delaware), Pavel  Simacek (University of Delaware), Suresh G 

Advani (University of Delaware) 

MODELING ELASTIC PROPERTIES OF RANDOMLY ORIENTED FIBER COMPOSITES 

Hadi  Moussaddy (Ecole Polytechnique de Montreal), Daniel  Therriault (Ecole Polytechnique de Montreal), 

Martin  Lévesque (Ecole Polytechnique de Montreal) 
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STIMULUS RESPONSIVE POLYMER 

& COMPOSITES SYMPOSIUM  

WATER-INDUCED SHAPE MEMORY EFFECT OF EPOXY-BASED SHAPE MEMORY 

POLYMER 

Wenxin  Wang (Harbin Institute of Technology), Haibao  Lu (Harbin Institute of Technology), Yanju  Liu 

(Harbin Institute of Technology), Jinsong  Leng (Harbin Institute of Technology) 

SMART COMPOSITE SURFACE WITH IN-SITU TUNABLE ADHESION BEHAVIOR 

Tae-hyung  Kang (Seoul National University), Seok bin  Hong (Seoul National University), Tae-jun  Ko 

(Seoul National University), Kyu hwan  Oh (Seoul National University), Woong-ryeol  Yu (Seoul National 

University) 

THERMO-MECHANICAL PERFORMANCE AND FATIGUE CYCLING OF NOVEL 

BISMALEIMIDE-BASED SHAPE MEMORY POLYMER RESIN AND COMPOSITES 

Gyaneshwar P. Tandon (University of Dayton), Thao T Gibson (University of Dayton), Richard  Coomer 

(Southwestern Ohio Council for Higher Education), Jeff W Baur (Air Force Research Laboratory) 

TRANSMISSION ELECTRON MICROSCOPY CHARACTERIZATION OF EFFECT OF 

GRAPHITE IN ZRB2-BASED COMPOSITES 

Liyuan  Qin, Songhe  Meng, Weihua  Xie, Hua  Jin, Chenghai  Xu (Harbin Institute of Technology) 

STIMULUS RESPONSIVE POLYMER AND MULTIFUNCTIONAL COMPOSITES: 

CHALLENGES AND PROSPECTS 

Keynote: Jinsong  Leng  (Harbin Institute of Technology) 

NANOPAPER ENABLED SHAPE-MEMORY POLYMER COMPOSITE FOR ELECTRICAL 

ACTUATION 

Haibao Lu (Harbin Institute of Technology) 

DESIGN AND CHARACTERIZATION OF FILAMENT-WOUND COMPOSITE SHELLS 

REINFORCED BY GRID 

Zaiwen Lin (Harbin Institute of Technology) 
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STIMULUS RESPONSIVE POLYMER 

& COMPOSITES & INTERFACES - POSTER 

 

BENDING DEFORMATION LIMITS FOR CORRUGATED MORPHING SKINS 

Andre  Schmitz, Peter  Horst 

EFFECT OF SIZING ON THE INTERFACIAL PROPERTIES OF CARBON FIBER/BMI UNDER 

DIFFERENT PROCESSING TEMPERATURE 

Qing  Wu, Min  Li, Mingming  Zhu, Yizhuo  Gu, Yanxia  Li, Zuoguang  Zhang 

EXPERIMENTAL EVIDENCE OF THE INTERFACE/INTERPHASE FORMATION BETWEEN 

POWDER COATING AND COMPOSITE MATERIAL 

Ahmad  Fahs, Aurore  Lafabrier 

THE PERFORMANCE OF THE IONIC LIQUID-CONTAINING ELECTROACTIVE POLYMER 

ACTUATORS UNDER AMBIENT AIR CONDITIONS 

Indrek  Must, Alvo  Aabloo, Inga  Põldsalu, Friedrich  Kaasik, Urmas  Johanson, Andres  Punning 

INFLUENCE OF THERMAL TREATMENT ON PROPERTIES OF THIN-FILM COMPOSITES 

CDS–PBS OBTAINED AT THE CDS(SOL)/PB2+(AQUA) INTERFACE 

Larisa  Maskaeva, Natalia  Forostyanaya, Zinaida  Smirnova, Vyacheslav  Markov 

OXIDATION OF ZIRCONIUM DIBORIDE-SILICON CARBIDE CERAMIC COMPOSITES IN 

DISSOCIATED OXYGEN 

Hua  Jin, Songhe  Meng, Weihua  Xie, Chenghai  Xu, Liyuan  Qin 

CONSTITUTIVE THEORY OF YEOH TYPE ELASTIC DIELECTRICS POLYMER 

Liwu  Liu, Xinghuan  Qi, Yinzi  Zhao, Yanju  Liu 

THERMAL DECOMPOSITION OF PBO FIBER AND HIGH THERMAL MECHANICAL 

PROPERTIES OF PBO COMPOSITE MATERIALS 

Liping  Bian, Jiayu  Xiao, Jingcheng  Zeng, Suli  Xing, Changping  Yin, Jinshui  Yang 
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STRUCTURAL HEALTH MONITORING 

DETECTION OF DEFECTS IN COMPOSITE STRUCTURES WITH 3D LASER VIBROMETER 

Patrick  Peres (ASTRIUM Space Transportation), David  Barnoncel (ASTRIUM Space Transportation), 

Wieslaw Jerzy Staszewski (Technical University of Cracow) 

IMPACT LOCALIZATION IN ANISOTROPIC COMPOSITE PLATES INTRUMENTED WITH A 

NETWORK OF PIEZOELECTRIC SENSORS 

Andre luiz De aguiar Ribeiro (Universidade Estadual de Campinas), Carlos Alberto Cimini Jr (Universidade 

Federal de Minas Gerais), Niederauer  Mastelari (Universidade Estadual de Campinas) 

RELEVANCE OF ENVIRONMENTAL INFLUENCES FOR LAMB WAVE BASED SHM WITH 

PIEZOELECTRIC ELEMENTS 

Konstantin Jonas Schubert (Faserinstitut Bremen e.V.), Oliver  Focke (Faserinstitut Bremen e.V.), Axel 

Siegfried Herrmann (Universitat Bremen) 

STRUCTURAL HEALTH MONITORING IN COMPOSITE STRUCTURES USING EMBEDDED 

WIRE SENSORS 

Pierre  Mertiny (University of Alberta), Martin  Ocker (University of Alberta), Christian  Hansen 

(Universitat Hannover), Cagri  Ayranci (University of Alberta) 
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STRUCTURAL OPTIMIZATION 

EFFECTS OF VISCOELASTICITY ON THE DEPLOYMENT OF BISTABLE TAPE SPRINGS 

Alex W Brinkmeyer (University of Bristol), Sergio  Pellegrino (California Institute of Technology), Paul M 

Weaver (University of Bristol), Matthew  Santer (Imperial College of Science) 

OPTIMAL DESIGN OF A COMPOSITE STRUCTURE RELEVANT TO LAMINATE DESIGN 

GUIDELINES 

Alexis  Lasseigne (ONERA), François-xavier  Irisarri (ONERA), Rodolphe  Le riche (Ecole Nationale 

Superieure des Mines de St-Etienne) 

COMPARISON OF RESPONSE OF GROOVED COMPOSITES TO LOADING VIA SPHERICAL 

AND CYLINDRICAL INDENTERS 

Holly K Jeffrey (Massachusetts Institute of Technology), Paul A Lagace (Massachusetts Institute of 

Technology) 

OPTIMIZED FIBER STEERING AND LAYER STACKING FOR ELASTICALLY TAILORED, 

DAMAGE TOLERANT LAMINATES 

Wenli  Liu (University of Bath), Richard  Butler (University of Bath), Andrew Thomas Rhead (University of 

Bath) 

THE DESIGN OF A PRE-WARPED BUS DOOR FOR LOW COST COMPOSITE 

MANUFACTURING 

Zhi-cheng  Yu (Composites Innovation Centre) 

OPTIMIZATION OF VARIABLE ANGLE TOW PLATES WITH ONE FREE EDGE USING 

LAMINATION PARAMETERS 

Zhangming  Wu (University of Bristol), Gangadharan  Raju (University of Bristol), Paul M Weaver 

(University of Bristol) 

ACCOUNTING FOR MANUFACTURABILITY CONSTRAINTS IN THE OPTIMISATION OF 

COMPOSITE STRUCTURES 

Vinay  Madhavan (Cenaero), Philippe  Martiny (Cenaero) 

STACKING SEQUENCE TABLES FOR LAMINATE BLENDING OPTIMIZATION 

François-xavier  Irisarri (ONERA), Alexis  Lasseigne (ONERA), François-henri  Leroy (ONERA) 
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STRUCTURAL RESPONSE & DESIGN 

UNEXPECTED TWISTING CURVATURE GENERATION OF BISTABLE CFRP LAMINATE DUE 

TO THE UNCERTAINTY OF LAY-UP SEQUENCE AND NEGATIVE INITIAL CURVATURE 

Junghyun  Ryu (Seoul National University), Jong-gu  Lee (Seoul National University), Seung-won  Kim 

(Seoul National University), Kyu-jin  Cho (Seoul National University), Maenghyo  Cho (Seoul National 

University) 

POST-BUCKLING OF DYNAMICALLY LOADED COMPOSITE PANELS USING A REDUCED 

ORDER MODEL 

Eelco  Jansen (Universitat Hannover), Tanvir  Rahman (TNO DIANA BV), Alexander  Meurer (Universitat 

Hannover), Raimund  Rolfes (Universitat Hannover) 

A COMPARISON OF CURRENT DESIGN CONCEPTS OF FUSELAGE PANELS UNDER 

TYPICAL LOAD CONDITIONS 

Xiao  Cai (Concordia University), Franck  Dervault (Borland Software Corporation), Suong  Hoa 

(Concordia University), Ramin  Sedaghati (Concordia University) 

EXTENDED FINITE ELEMENT METHOD MODELING OF CRACK PATHS IN PARTICLE 

REINFORCED COMPOSITES 

Li MA, Zhi-Yong WANG, Lin-Zhi WU (Harbin Institute of Technology) 

 

 

NEW DEVELOPMENTS IN STRUCTURE/PROPERTY RELATIONSHIPS 

Wendy Wenjun Tian (CSIRO), Buu  Dao (CSIRO), Russell John Varley (CSIRO) 

OPTIMUM DESIGN OF LAMINATED PLATE WITH DISCRETE PLY ANGLES BASED ON GSFP 

METHOD 

Shutian  Liu (Dalian University of Technology) 

ROTORDYNAMICS OF TAPERED COMPOSITE DRIVESHAFT BASED ON A LAGRANGIAN 

FINITE ELEMENT 

Majed  Almuslmani (Concordia University), Rajamohan  Ganesan (Concordia University) 

UNBALANCED AND SYMMETRIC LAMINATES: NEW PERSPECTIVES ON A LESS WELL-

KNOWN DESIGN RULE. 

Christopher B. York (University of Glasgow) 

DAMAGE ACCUMULATION IN A FIBER REINFORCED COMPOSITE FOR SPACE 

APPLICATIONS 

Jihane  Ajaja (McGill University), Francois  Barthelat (McGill University) 
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RESISTANCE OF NICKEL-COATED THERMALLY CYCLED COMPOSITES TO LUNAR DUST 

ABRASION 

Marie-josée  Potvin (Agence spatiale canadienne Canadian Space Agency), Francis  Martin (Agence spatiale 

canadienne Canadian Space Agency) 

EFFECT OF EXTREME TEMPERATURE CYCLES ON DAMAGE IN COMPOSITE LAMINATES 

Marie-laure  Dano (Laval University), Francis  Martin (Agence spatiale canadienne Canadian Space Agency), 

Marie-josée  Potvin (Agence spatiale canadienne Canadian Space Agency), Mathilde  Jean-st-laurent (Laval 

University) 

TENSILE STRENGTH MODELING OF GLASS FIBER-POLYMER COMPOSITES AND 

SANDWICH MATERIALS IN FIRE 

Stefanie  Feih, Aslina  Anjang, Venkata  Chevali, Everson  Kandare, Adrian  Mouritz (Royal Melbourne 

Institute of Technology) 

STRUCTURAL OPTIMISATION OF DISCONTINUOUS FIBRE COMPOSITES 

Connie Cheng Qian (University of Nottingham), Lee Thomas Harper (University of Nottingham), Thomas  

Turner (University of Nottingham), Nicholas  Warrior (University of Nottingham) 
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SYMPOSIUM ON MARINE COMPOSITES 

RECENT ADVANCES IN ONR COMPOSITES RESEARCH 

Keynote: Yapa D.s. Rajapakse  (Office of Naval Research (ONR)) 

CONSTITUTIVE MODELING OF POLYMERIC MATRIX UNDER MULTI-AXIAL STATIC AND 

DYNAMIC LOADING 

Isaac M Daniel (Northwestern University), Brian  Werner (Northwestern University) 

STUDY OF FLUID-STRUCTURE INTERACTION ON COMPOSITE STRUCTURAL VIBRATION 

Young W Kwon (Naval Postgraduate School) 

UNDERWATER RESPONSE OF COMPOSITE PANELS SUBJECTED TO NEAR-FIELD BLAST 

LOADING 

Arun  Shukla (University of Rhode Island), Frank  Livolsi (University of Rhode Island), Daniel  Gracia 

(University of Rhode Island), James  Leblanc (Naval Undersea Warfare Center) 

BLAST PARAMETER EFFECTS IN FULL SCALE AIR BLAST ON SANDWICH COMPOSITE 

PANELS 

John Philip Dear (Imperial College of Science) 

SNAP-THROUGH INSTABILITY, DELAMINATION AND DAMAGE PROGRESSION IN AIR 

AND WATER BACKED CURVED SANDWICH STRUCTURES 

Romesh  Batra (Virginia Polytechnic Institute and State University (Virginia Tech)), Jian  Xiao (University 

of Michigan - Ann Arbor) 

RESPONSE OF CYLINDRICAL COMPOSITE STRUCTURES TO UNDERWATER IMPULSIVE 

LOADING 

Siddharth  Avachat (Georgia Institute of Technology), Min  Zhou (Georgia Institute of Technology) 

SANDWICH BEAM WITH INTERNAL RESONATORS SUBJECTED TO BLAST LOADS 

Bhisham N Sharma (Purdue University), C.t.  Sun (Purdue University) 

RESIDUAL STRENGTH OF FULL SCALE GRP LAMINATES WITH RANDOMLY 

DISTRIBUTED FRAGMENT DAMAGES 

Sohrab  Kazemahvazi (Royal lnstitute of Technology), Martin  Nilsson (), Dan  Zenkert (Royal lnstitute of 

Technology) 

SHOCK FOCUSING IN WATER IN A CONVERGENT CARBON FIBER COMPOSITE 

STRUCTURE 

Chuanxi  Wang (University of Southern California), Veronica  Eliasson (University of Southern California) 

EFFECT OF FLUID-STRUCTURE INTERACTIONS ON UNDERWATER IMPLOSION 

DYNAMICS 

James Seabury Briscoe (University of Maryland at College Park), Sung Won Lee (University of Maryland at 

College Park) 
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STRESS AND STRAIN FIELDS IN SANDWICH T-JOINTS SUBJECTED TO SIMULATED 

SLAMMING LOADS 

Mark  Battley (University of Auckland), James  Flett (University of Auckland), Tom  Allen (University of 

Auckland) 

IMPACT PROPERTIES OF WATER EXPOSED GFRP LAMINATES WITH OUTERMOST STEEL 

LAYERS 

Ezequiel  Poodts (University of Bologna), Daniele  Ghelli (University of Bologna), Tommaso Maria Brugo 

(University of Bologna), Riccardo   Panciroli (Polytechnic Institute of New York University), Giangiacomo 

Minak (University of Bologna) 

EFFECT OF FOAM CRUSHING IN DOUBLE-CURVATURE SANDWICH PANELS SUBJECTED 

TO BLAST 

Michelle Stephanie Hoo fatt (University of Akron), Dushyanth  Sirivolu (University of Akron) 

DELAMINATION DAMAGE IN LAMINATED SHELLS 

Roberta  Massabo (University of Genoa), Francesca  Campi (University of Genoa) 

INDENTATION AND PENETRATION LAWS VALIDATED FOR COMPOSITE LAMINATES 

DIFFERENT IN FIBRES AND MATRIX 

Valentina  Lopresto (University of Naples Federico II), Giancarlo  Caprino (University of Naples Federico 

II), Antonio  Langella (University of Naples Federico II) 

MODELLING OF THE DELAMINATION OF LAMINATED GLASS RESISTING BLAST 

LOADING 

Paolo  Del linz (Imperial College of Science), John Philip Dear (Imperial College of Science) 

NON-EXPLOSIVE METHODOLOGY FOR DYNAMIC BLAST LOADING OF WIDE AREA 

COMPOSITE ARMOR PANELS 

Daniel  Whisler (University of California, San Diego), Hyonny  Kim (University of California, San Diego), 

Ken-an  Lou 

EFFECT OF SEA WATER CONFINEMENT ON CYCLIC FATIGUE BEHAVIOR OF MARINE 

COMPOSITES 

Akawut  Siriruk (University of Tennessee - Knoxville), Dayakar  Penumadu (University of Tennessee - 

Knoxville) 

EFFECT OF WATER ABSORPTION ON TIME-TEMPERATURE DEPENDENT STRENGTH OF 

UNIDIRECTIONAL CFRP 

Yasushi  Miyano (Kanazawa Institute of Technology), Syuhei  Hara (Kanazawa Institute of Technology), 

Masayuki  Nakada (Kanazawa Institute of Technology) 
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EFFECT OF COMBINED ENVIRONMENTS ON THE FATIGUE OF CARBON FIBER-

VINYLESTER COMPOSITES 

Chad S. Korach (State University of New York at Stony Brook), Arash  Afshar (State University of New 

York at Stony Brook), Heng tseng  Liao (State University of New York at Stony Brook), Fu-pen  Chiang 

(State University of New York at Stony Brook) 

EXPERIMENTAL INVESTIGATION OF THE EFFECT OF UV RADIATION AND SALT WATER 

ON THE DYNAMIC PROPERTIES AND FAILURE OF CARBON FIBER-VINYLESTER 

COMPOSITES 

Maen  Alkhader (State University of New York at Stony Brook), Chad S. Korach (State University of New 

York at Stony Brook), Fu-pen  Chiang (State University of New York at Stony Brook) 

EVALUATION OF PROGRESS OF PHYSICAL AGING ON VISCOELASTIC BEHAVIOR OF 

EPOXY RESIN 

Masayuki  Nakada (Kanazawa Institute of Technology), Kosuke  Hosaki (Kanazawa Institute of Technology), 

Yasushi  Miyano (Kanazawa Institute of Technology) 

COMPRESSIVE BEHAVIOUR OF PVC FOAM IN ELEVATED TEMPERATURE USING DIGITAL 

IMAGE CORRELATION AND A MODIFIED ARCAN FIXTURE 

Ole Thybo Thomsen (University of Southampton), Janice Marie Dulieu-barton (University of 

Southampton), Siavah T Taher (Aalborg University) 

THE INFLUENCE OF TEMPERATURE ON THE STABILITY OF POLYMER FOAM CORED 

SANDWICH STRUCTURES 

Janice Marie Dulieu-barton (University of Southampton), Ole Thybo Thomsen (University of 

Southampton), Shufeng  Zhang (University of Southampton) 

HOT-WET ENVIRONMENTAL PROPERTIES OF Z-PINNED CARBON-EPOXY COMPOSITES 

Adrian  Mouritz (Royal Melbourne Institute of Technology) 

NONLINEAR BUCKLING OF SYNTACTIC FOAMS WITH IMPERFECT INTERFACE 

Adel  Shams (Polytechnic Institute of New York University), Matteo  Aureli (Polytechnic Institute of New 

York University), Maurizio  Porfiri (Polytechnic Institute of New York University) 

PURE MOMENT APPROACH TO DETERMINE MIXED-MODE FRACTURE TOUGHNESS OF 

SANDWICH FACE/CORE INTERFACES 

Christian  Berggreen (Technical University of Denmark), George A Kardomateas (Georgia Institute of 

Technology), Leif A Carlsson (Florida Atlantic University) 

G-CONTROL FATIGUE TESTING OF DEBONDED SANDWICH COMPOSITES 

Marcello  Manca (Technical University of Denmark), Christian  Berggreen (Technical University of 

Denmark), Leif A Carlsson (Florida Atlantic University) 
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MANUFACTURING AND IMPACT BEHAVIOR OF SANDWICH COMPOSITES WITH 

EMBEDDED GRAPHENE PLATELETS 

Alfred  Loos (Michigan State University), Mahmood  Haq (Michigan State University), Rehan  Umer 

(Khalifa University of Science Technology and Research), Lawrence T Drzal (Michigan State University) 

EFFECTS OF NANOCLAYS AND WOOD FLOUR ON THE PERFORMANCE OF 

POLYURETHANE FOAMS 

Mahesh  Hosur (Tuskegee University), Gregory  Strawder (Tuskegee University), Shaik  Jeelani (Tuskegee 

University) 

THERMAL AND VISCOELASTIC PROPERTIES OF SC15 EPOXY RESIN COMPOSITES 

MODIFIED WITH MONTMORILLONITE NANOCLAY EXPOSED TO UV RADIATION 

Alfred  Tcherbi-narteh (Tuskegee University) 

COMPATIBILITY AND FLAMMABILITY STUDY OF UNSATURATED POLYESTER 

/FUNCTIONALISED PHENOLIC RESIN BLEND MATRICES FOR GLASS REINFORCED 

COMPOSITES 

Latha  Krishnan (University of Bolton), Baljinder  Kandola (University of Bolton) 



19th International Conference on Composite Materials 
Montreal, July 28 – August 2, 2013 

Organized by Canadian Association for Composite Structures and Materials (CACSMA) 

TESTING – POSTER 

COMPARISON OF CONSOLIDATED COMPOSITES USING MECHANICAL TESTING AND A 

MULTI-CRITERIA DECISION MAKING TECHNIQUE UNDER VARIABLE MATERIAL 

PROPERTIES 

Jeremy  Leung, Melissa  Heinrick, Abbas  Milani 

SPIN TEST OF THE DISK MADE OF CARBON FIBER REINFORCED THREE-DIMENSIONAL 

COMPOSITES 

Yuichi  Nagura, Noboru  Hiroshima, Hiroshi  Hatta, Ken  Goto, Yasuo  Kogo 

TRANSIENT PLANE WAVES PROPAGATION  IN NON-HOMOGENEOUS ELASTIC PLATE 

Volodymyr  Hutsaylyuk, Heorhiy  Sulym, Iaroslav  Pasternak, Igor  Turchyn 

DEGRADATION AND DEFORMATION OF CARBON PHENOLIC ABLATOR UNDER 

ELEVATED TEMPERATURE PROCESSES 

Kohei  Fukuda, Yuuki  Kubota, Hiroshi  Hatta, Yasuo  Kogo, Kenichi  Hirai, Walter  Krenkel, Nico  

Langhof 

MECHANICAL BEHAVIOUR OF GLASS FIBRE-REINFORCED POLYMER THIN RODS 

Daxu  Zhang, Xiaoyan  Wang, Wujun  Chen, Fujun  Peng, Jinghai  Gong, Guozhi  Qiu 

STUDY OF ELECTROMAGNETIC SHIELD EFFECT OF THE METAL-PLATED CARBON FIBER 

COMPOSITE 

Mee-hye  Oh 

BENDING STIFFNESS BEHAVIOR OF THICK-WALLED COMPOSITE TUBES 

Mohamed  El-geuchy, Suong  Hoa, Farjad  Shadmehri 

ON THE ANALYSIS OF A CONTACT FRICTION COMPOSITE-TO-METAL JOINT 

Andrei  Costache, Konstantinos N. Anyfantis, Christian  Berggreen 

ADHESIVE STRAIN MEASUREMENT IN PATCH REPAIRED CFRP LAMINATE USING 2D 

DIC 

Mohammad  Kashfuddoja, Ramji  Manoharan 

LUMINESCENT METHOD OF ASSESSING THE STRUCTURAL MODIFICATIONS OF 

POLYMER MATRICES 

Svetlana  Karitskaya 

MICROSTRUCTURE AND MECHANICAL BEHAVIORS OF THICK-WALLED JOURNAL 

BEARING GFRP RINGS 

Sergei Borisovich Sapozhnikov, Alexandr Viktorovich Bezmelnitsyn, Radii Sergeevich Zinoviev 
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SURFACE STRESS EFFECT IN THIN FILMS WITH NANOSCALE ROUGHNESS 

Mikhail  Grekov, Sergey  Kostyrko 

BLOCK COPOLYMERS ORGANIZATION AT INTERFACE 

Diane  Fischer, Sophie  Bistac, Maurice  Brogly 

OUT-OF-PLANE TENSILE MODULUS OF UD-CFRP LAMINATE BY 3-POINT BENDING TEST 

Eiichi  Hara  
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TEXTILE COMPOSITES 

TOWARDS REALISTIC GEOMETRIC MODELING OF WOVEN FABRICS 

Guillaume  Couégnat (Universite Bordeaux I), Hichem  Ayadi (Universite Bordeaux I), Clément  Saurat 

(Universite Bordeaux I), Eric  Rohmer (Universite Bordeaux I) 

DRAPEABILITY OF GLASS AND STEEL FIBRES KNITTED FABRICS 

Marcin  Barburski (Technical University of Lodz), Stepan V. Lomov (Katholieke Universiteit Leuven), 

Kristof  Vanclooster (Toray Industries Inc.), Ignaas  Verpoest (Katholieke Universiteit Leuven) 

MECHANICAL BEHAVIOUR OF 3D WOVEN COMPOSITES UNDER TENSION, 

COMPRESSION AND BENDING 

Shuo  Dai (Loughborough University), Paul  Cunningham (Loughborough University), Simon  Marshall (), 

Christopher  Silva 

MODELLING EFFECTS OF GEOMETRIC VARIABILITY ON MECHANICAL PROPERTIES OF 

2D TEXTILE COMPOSITES 

Mikhail  Matveev (University of Nottingham), Andrew C Long (University of Nottingham), Ivor Arthur 

Jones (University of Nottingham), Guan  Lu (First Aircraft institute, AVIC) 

OPEN DATA FORMATS AND SCRIPTING IN INTEGRATED MESO-LEVEL TEXTILE 

COMPOSITE SIMULATIONS 

Stepan V. Lomov (Katholieke Universiteit Leuven) 

NCF/BMI COMPOSITE MATERIALS: EFFECT OF STITCHING THREADS 

Anqi  Dong (Beihang University), Xinqing  Zhao (Beihang University), Li  Zhang (Beihang University), Shan  

Zhu (Beihang University) 

MODELLING OF 3D WOVEN COMPOSITES WITH REALISTIC UNIT CELL GEOMETRY 

Steven Daniel Green (University of Bristol), Mikhail  Matveev (University of Nottingham), Andrew C Long 

(University of Nottingham), Stephen Richard Hallett (University of Bristol) 

CHARACTERIZATION AND MODELING OF DAMAGE AT THE MESOSCALE OF WOVEN 

POLYMER MATRIX COMPOSITES. 

Christian  Fagiano (ONERA), Martin  Hirsekorn (ONERA), Gael  Grail (ONERA), Vincent  Chiaruttini 

(ONERA) 

EVALUATING DEFORMABILITY OF NON-CRIMP FABRIC AND MECHANICAL 

PERFORMANCE OF NON-CRIMP FABRIC COMPOSITES 

Long  Li (Beijing University of Aeronautics and Astronautics), Yan  Zhao (Beihang University), Lijun  Zhang 

(Beihang University), Wei  Li (Hafei Aviation Industry Co. Ltd) 
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MESO-SCALE ANALSYIS OF 2D GLASS WOVEN PREFOM UNDER COMPACTION 

Prasad  Potluri (University of Manchester), Zeshan  Yousaf (University of Manchester), Fabien  Leonard 

(University of Manchester), Philip  Withers (University of Manchester) 

3D WOVEN UNIFORM DENSITY DRY PREFORMS FOR THE AEROSPACE INDUSTRY 

Nicolas  Juillard (JB Martin), Jonathan  Lévesque, Olivier G. Vermeersch, Pascal  Lamoureux-tremblay, 

Catherine  Leroux (Group CTT), Daniel  Puche, Odréanne  Laverdière, Janic  Duplessis (CE?GEP de Saint-

Hyacinthe) 

EVALUATION OF THE IMPREGNATION CHARACTERISTICS OF THE CARBON FIBER 

REINFORCED COMPOSITES USING DISSOLVED POLYPROPYLENE 

Song hee  Han (Chonbuk National University), Hyun ju  Oh (Chonbuk National University), Seong su  Kim 

(Chonbuk National University) 

PARTICLE-BASED MODELLING OF THE GEOMETRY AND MECHANICAL BEHAVIOUR OF 

TEXTILE REINFORCMENTS 

Reza  Samadi (University of Ottawa), Francois  Robitaille (University of Ottawa) 

REALISTIC FEA MODELING OF 3D WOVEN COMPOSITES ON MESOSCALE 

Andrew  Drach (University of New Hampshire), Borys  Drach (University of New Hampshire), Igor  

Tsukrov (University of New Hampshire), Harun  Bayraktar (Albany Engineered Composites), Jon  Goering 

(Albany Engineered Composites) 

BRAIDING TAKE-UP SPEED OPTIMIZATION - CASE STUDIES 

Johan Hendrik Van ravenhorst (University of Twente), Bert  Rietman (University of Twente), Remko  

Akkerman (University of Twente) 

DAMAGE CHARACTERIZATION OF TRIAXIAL BRAIDED COMPOSITES UNDER TENSION 

USING FULL-FIELD STRAIN MEASUREMENT 

Tobias  Wehrkamp-richter (Technische Universitat Munchen), Monika  Humbs (Technische Universitat 

Munchen), David  Schultheiss (Technische Universitat Munchen), Roland  Hinterhoelzl (Technische 

Universitat Munchen) 

NOTCHED RESPONSE OF NON-CRIMP FABRIC THIN-PLY LAMINATES 

Albertino  Arteiro (Universidade do Porto), Giuseppe  Catalanotti (Universidade do Porto), José  Xavier 

(Universidade de Tras-os-Montes e Alto Douro), Pedro P. Camanho (Universidade do Porto) 
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Dear Colleagues,  

On behalf of the organizing committee and all of those who have been involved in the 

preparation for the 19th International Conference on Composite Materials (ICCM19), we 

wish to welcome all participants of ICCM19. It is a great honor and our great pleasure to 

host ICCM19 in Montreal for the first time. 

We expect about 1600 participants  from around the world representing 47 countries. 

ICCM19 continues to succeed in the tradition of the ICCM as the biggest and the best 

conference in composite materials with the contribution of all the participants and the 

related societies from all over the world. Also it will offer the perfect opportunity to meet 

colleagues and make friends working in the same field. 

In ICCM19, the scientific program has been organized into multidisciplinary sessions for 

specialists in composite materials and its related fields. We have planned 8 plenary 

lectures and 10 key note lectures. For ICCM19, we have introduced a new format for the 

poster presentations. This allows the poster presenters more assured audience and more 

opportunities for presentation.   There are about 230 oral sessions (about 1000 oral 

presentations) and 18 poster sessions (about 250 poster presentations). ICCM19 will 

provide every participant the best platform to discuss the cutting edge issues which arise 

from  the broad areas of composite materials. 

We wish to take this opportunity to thank all the sponsors, and supporters for their 

generous support for ICCM19. We would like to convey our sincere gratitude to the 

international members for their valuable support as well as to the members of the 

ICCM19 organizing committee for their tremendous efforts in making ICCM19 a 

success. 

We wish all of you a fruitful meeting and we hope that you will benefit from the rich 

scientific discussions, and that your visit to Montreal will last as a pleasant memory. 

 

 

Professor Suong Van Hoa, General Chair of ICCM19 

 

Professor Pascal Hubert, Technical program chair of ICCM19 
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Vitrimers 

Ludwik Leibler 

Matière Molle et Chimie, ESPCI, Paris 

 

Glass-workers shape marvelous objects without using moulds or precise temperature 

control because glass is a unique insoluble material that transforms from liquid to solid 

in a very progressive way. Vitrimers are organic materilas that undergo glass-transition 

by molecular-network topology freezing and behave just like glass. They could 

profoundly affect many industries that rely on polymers and composites. 
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Abstract: Keynote talk ICCM19 

Challenges of Applying Composite Materials to the Next Generation of Aeroengines 

By Dr. Dale Carlson 

 

For today’s air transport (freight or passenger) customer the propulsion figure of merit that is of 
greatest importance is mission weighted fuel burn. The physics of the range equation demand that 
propulsion supplies provide high thermal and propulsive efficiencies and low propulsion system weight. 
Historically, materials used in propulsion systems have been metallic in nature and most of these 
metallic materials need performance robbing cooling flows to survive in the hottest areas of an engine. 
However, recent advances in hot and cold composite materials for use in next generation aeroengines 
hold the promise of considerably reducing engine set weight and reducing, or eliminating, the need for 
cooling flows in engine hot sections. In addition, composite materials can eliminate the need for rare, 
and expensive, metallic alloying elements such as Rhenium used in today’s aeroengines. 
 
This presentation will focus on some of the top level design, manufacturing, and certification challenges 
faced by aeroengine manufacturers as they move from metallic to composite material designs. The 
intellectual property on composite materials and design systems is tightly held by all the major 
aeroengine companies. Even so, there is ample evidence of successful applications of composites in 
current aeroengines and considerable promise for the future application of these lightweight materials 
in new engine systems. 
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Hierarchical Biocomposites By Design  
 
Markus J. Buehler  
Department of Civil and Environmental Engineering 
Massachusetts Institute of Technology  
URL:  http://web.mit.edu/mbuehler/www/  
E-mail:  mbuehler@MIT.EDU  
 
Biological materials  are intriguing examples of advanced composites, which are synthesized, controlled 
and used for an astonishing variety of purposes—structural support, force generation, mass transport, 
catalysis, or energy conversion.  By incorporating concepts from biology and engineering, computational 
modeling has led the way in identifying the core principles that link the molecular structure of 
biomaterials at scales of nanometers to macroscopic scales through hierarchical structures.  Here we 
combine experimental studies and in silico models to translate concepts from the living world into 
material designs that blur the distinction between living and non-living systems, to achieve super 
material properties despite inferior building blocks.    
 
Markus J. Buehler – biography 
 
Markus J. Buehler is an Associate Professor in the Department of Civil and Environmental Engineering at 
the Massachusetts Institute of Technology (MIT), where he directs the Laboratory for Atomistic and 
Molecular Mechanics (LAMM). He is the Co-Director of the MIT Computation for Design and 
Optimization Program, Director of the MIT-Germany Program, and leads the Mechanics and Materials 
Group in the Department of Civil and Environmental Engineering. Buehler has published more than 200 
articles on computational materials science, nanotechnology and nanoscience, authored two 
monographs, and given several hundred invited, keynote and plenary talks.  Buehler received the 
National Science Foundation CAREER award, the United States Air Force Young Investigator Award, the 
Navy Young Investigator Award, and the DARPA Young Faculty Award, as well as the Presidential Early 
Career Award for Scientists and Engineers (PECASE).  He was an invitee and plenary speaker at the 
National Academy of Engineering-Frontiers in Engineering Symposium, and he received the Harold E. 
Edgerton Faculty Achievement Award for exceptional distinction in teaching and in research or 
scholarship, the highest honor bestowed on young MIT faculty.  Other major awards include the TMS 
Hardy Award, the IEEE Holm Conference Mort Antler Lecture Award, the Materials Research Society 
Outstanding Young Investigator Award, the Society of Engineering Science Young Investigator Medal, the 
Thomas J.R. Hughes Young Investigator Award, the Sia Nemat-Nasser Medal, the Rossiter W. Raymond 
Memorial Award, the Stephen Brunauer Award, the Alfred Noble Prize, and the Leonardo da Vinci 
Award.  Buehler serves as a member of the editorial board of several international publications 
including: Roy. Soc. Interface, PLoS ONE, Int. J. Appl. Mech., Acta Mech. Sinica, J. Mech. Beh. Biomed. 
Mat., J. of Engrg. Mech., J. Nanomech. Micromech, J. Comp. and Theor. Nanosci. and BioNanoScience (as 
Editor-in-Chief).  He is the founding chair of the Biomechanics Committee at the Engineering Mechanics 
Institute of ASCE, a member of the U.S. National Committee on Biomechanics, and Co-Chair of the 
Nanoengineering in Biology in Medicine Steering Committee of ASME. 
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Introduction of Society of Automotive Composites Japan 

-A new wave of composites for automobile industry- 

 

In the automobile industry, weight saving of car bodies is being tried in order to reduce fuel 

consumption. Composite materials as represented by CFRP have been expected to be used for car 

body instead of metal parts. However, there are a lot of new technical problems required for 

mass-production of car parts with composite materials, the processes to achieve light weight of cars 

cannot be clear so far. One of the reasons seems that manufacturing processes and required 

mechanical properties for the composite structural materials have been developed in terms of 

aerospace applications and these are completely different from that for auto-motive composite.  

In order to solve these problems, we established Society of Automotive Composite (SAC) in 

March 2012 in Japan. Solutions of the problems are that material, molding, and structure for 

auto-motive composites must be designed just for automotive usage. Therefore, not only automotive 

companies, but many material makers, molding companies also joined in SAC.  The one of main 

activities are joint research projects between members among industry and academia; such as 

development of intermediate materials for thermoplastic composite with short fibers or continuous 

fibers, continuous molding for mass production of FRP, basic research works for interface and 

interphase, and etc. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

THE WORLD–WIDE FAILURE EXERCISES : 

STRENGTH PREDICTION IS NOT EASY 

 …. BUT WE’RE GETTING THERE ! 

 

M.J. Hinton
1
, A.S Kaddour

2 

1
Technology Director, National Composites Centre, Bristol, UK 

2
QinetiQ, Farnborough, GU14 OLX, UK 

*
Corresponding Author (mike.hinton@nccuk.com) 

Keywords : Failure Theories, Laminates, Multi-axial Loading, Strength Prediction 

 

ABSTRACT  

In 1992 the author set out to gain a better understanding of the (then) current status of failure criteria for 

predicting the strength of continuous fibre polymer composites when subjected to multi-axial loading conditions. 

With the assistance and support of extremely dedicated colleagues (Sam Kaddour, Peter Soden, Paul Smith and 

Shuguang Li) the author has spent the last 21 years in pursuance of this mission.   This simple curiosity had led 

to the organisation and coordination of the international activities, known as the ‘World Wide Failure Exercises’.  

At the outset of this journey, the authors had given little thought as to how to ‘get at the truth’ regarding the level 

of maturity of the various failure theories in existence when deployed in real world design situations. Rather 

naively, the assumption was made that the originators of such theories were aiming to develop the tools that 

composite design engineers were desperate for in order to move away from the current dependence on ‘make and 

test’ (otherwise known as the building block approach).  Extensive discussions with theoreticians, journal 

editors, composite designers and engineering software vendors revealed a much more complex landscape, 

characterised by a wide diversity in opinion on two critical philosophical points :- 

(a) The definition of ‘failure’ of a composite, given their wide range of applicability in engineering 

(b) The attributes required by a failure theory such that it could be classed as ‘mature’.  

With this as a backdrop, the first challenge faced by the authors was to devise a framework that would provide 

an objective, transparent and fair means of benchmarking the leading theories. The following key principles were 

employed to drive the thinking :- 

1. The organisers of the exercise must maintain true independence from those participants making the predictions. 

(i.e. there must be no insider dealing). 

2. Where predictions based on a given failure theory are required, the best approach is to request that the 

originator of the theory carries out the calculations. The room for misinterpretation by an intermediary is then 

removed.  

3. A true comparison of theories should use a common set of test cases which are clearly and unambiguously 

defined. Equally, the parameters to be predicted should be clearly defined, so that direct comparison is 
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facilitated.  

4. In order to determine the bounds on the validity of a given theory, it is important to test it over a wide range of 

conditions and to choose test problems which highlight the differences and similarities between the theories. 

Careful thought is needed, therefore, to identify the laminate and loading conditions which will test a theory to 

the full and thereby identify any discriminating features. 

5. The test cases should not be chosen by those participants making the predictions, but by the organisers.  In this 

way, the test cases are unlikely to favour any one theory. 

6. There should be matching, high quality, experimental data available for each of the test cases to be analysed 

theoretically. Each theory can then be benchmarked directly against experimental observations. The debate can 

then be moved from whether theories (a) and (b) agree with each other, to which theory matches reality most 

closely and over what range.  

7. The theoretical predictions should be made ‘blind’ in the first instance (i.e. with no knowledge of the equivalent 

experimental results). The participants should not be given sight of the experimental results for the test cases 

until all of the papers containing their predictions are complete and in the hands of the organisers. This avoids 

any suspicion of ‘tuning’ the predictions.  

8. Whilst it is accepted that certain models can be ‘tuned’ to improve their accuracy, it is important to be able to 

discriminate between a ‘blind’ and a ‘tuned’ prediction. Clearly, in most design situations, the reliance will be 

placed on ‘blind’ predictions.   

9. Comprehensive publicity would be an intrinsic part of the methodology in order to ensure that the information 

generated and the conclusions drawn would reach the widest audience and thereby have the greatest impact to 

move the subject forwards on a world basis. 

The authors have applied these principles to conduct three benchmarking studies to date :- 

World Wide Failure Exercise 1 (WWFE 1): Predicting the strength of laminates assembled from continuous 

  fibre reinforced unidirectional laminae subjected to 2D in-plane  

  loading [1]. 

World Wide Failure Exercise 2 (WWFE 2)  :  Predicting the strength of laminates assembled from continuous 

  fibre reinforced unidirectional laminae subjected to 3D loading 

  [2], [3]. 

 

World Wide Failure Exercise 3 (WWFE 3) :   Damage, fracture and continuum mechanics theories for laminates 

assembled from continuous fibre reinforced unidirectional 

laminae [In Press]. 

 

The purpose of this lecture is to review the progress achieved to date, the work currently underway and the 

remaining challenges towards fulfilling the original objectives, and principles. In addition, the author will share 

the many lessons that have been learned, with the aim of encouraging others to carry out benchmarking activities 

in those areas of composites where a multiplicity of theories exist but with insufficient validation to have any 

credibility in the industrial world.    

 

References 

 
[1]  M. J. Hinton, A.S. Kaddour and P.D. Soden,, ‘Failure Criteria In Fibre Reinforced Polymer Composites:  

       The World-Wide Failure Exercise’. published by Elsevier Science Ltd, Oxford, UK, 2004. 

[2]  A. S. Kaddour and M.J. Hinton (Guest Editors), Journal of Composite Materials, v46 Numbers 19-20, Sept 2012. 

[3]  A. S. Kaddour and M.J. Hinton (Guest Editors), Journal of Composite Materials, v47 Numbers 6-7, March 2013. 

 

ICCM19 6



ICCM19ABSTRACTRAJAPAKSE 

 

"RECENT ADVANCES IN ONR COMPOSITES RESEARCH" 
 
Yapa D. S. Rajapakse 
Program Manager, Solid Mechanics 
Office of Naval Research (ONR 332) 
Arlington, VA 22203, USA. 
 
 
Research supported by the Office of Naval Research (ONR), aimed at the 
establishment of the scientific basis for the effective design and utilization of 
future composite ship structures, will be discussed. Ship structures operate in 
severe environments, in the presence of high humidity, sea-water, temperature 
extremes, hydrostatic pressure, and dynamic loading (wave loading, high sea 
states). In addition, Naval structures are designed to resist highly dynamic 
loads, including shock, blast, and implosions. Research aimed at the scientific 
understanding of these issues, and examples of recent research accomplishments, 
will be provided. 
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Stimulus Responsive Polymer and Multifunctional Composites: Challenges and Prospects 
 
                          Professor Jinsong Leng 
 
 
Harbin Institute of Technology (HIT), 
P.O. Box 3011, No. 2 YiKuang Street, Harbin 150080,  
People’s Republic of China, 
 
Email:lengjs@hit.edu.cn 
 
Stimulus Responsive Polymer and Composites are materials that have one or more properties can 
be significantly changed in a controlled fashion by external stimuli. Recently, a number of types of 
Stimulus Responsive Polymer and composites have been extensively developed on both materials 
innovation and applications exploration. This presentation mainly focuses on recent progresses of 
Shape Memory Polymer (SMP), and SMP based multifunctional composites, as well as their 
applications in aerospace, astronautics and biomedical engineering, etc.. 
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From Smart Sensing to Multifunctional Materials:  
Are we ready for the challenges? 

 
Fu-Kuo Chang  

Department of Aeronautics and Astronautics 
Stanford University 

 
 Multifunctional materials that are capable of sensing their own state and knowing 
their residual capabilities in real time offer tremendous new abilities and opportunities for 
the design and usage of the materials.   Such materials will revolutionize how we design, 
utilize, and maintain the materials and certainly lead to the development of new products 
and applications, ranging from aerospace, medical service, to civil infrastructures.   This 
new class of materials must possess nerve-like intelligent sensor networks similar to 
biological material systems.  
 

This presentation will highlight recent development of a stretchable sensor 
network technology for making such multifunctional materials possible in a large scale 
potentially for practical applications.  Composite materials embedded with such a 
network could monitor their own health throughout their life cycle. Prosthetic skins 
embedded with the network could tremendously enhance the intelligence of a robot 
wearing such as a skin. However, design, fabrication and characterization of this new 
class of the materials involve multiple disciplines across the engineering fields and a 
paradigm change from traditional design and manufacturing principles. New challenges 
in research, education and implementation of the materials will be discussed.   

 
	  
Dr. Fu-Kuo Chang is a Professor and the Director of Structures and Composites 
Laboratory in the Department of Aeronautics and Astronautics at Stanford 
University. He is the Editor in Chief of the international Journal of Structural 
Health Monitoring (SHM), the recipient of 2004 SHM Life-time Achievement 
Award by Boeing Company, and the 2010 SPIE Smart Structures/NDE Life-Time 
Achievement award. Founding Chair of the International Industry Steering 
Committee for SHM, the Founding Director of Japan Smart Structures and 
Materials Research Center at AIST; Fellows of AIAA and ASME. 
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1 Introduction  
One of the major concerns in design of aircraft 
composite structures is the impact damage resistance, 
especially due to low-velocity impact. The interleaf-
toughening concept has been successfully developed 
to increase the damage resistance by using 
thermoplastic films or textile veils. However, as the 
composites are toughened and their use increases in 
aircraft structures, there comes the need for the 
Electro Magnetic Interference (EMI) shielding and 
lightning strike protection, because the materials are 
electrically isolated compared to their metallic 
counterpart.  
In this paper we present a new approach to 
simultaneously improve the electric conductivity and 
the impact damage resistance of the carbon-fiber 
reinforced composite for aircraft application. By 
applying the interlayer-toughening technology on 
these composite, electrically function-added interleaf 
materials are developed, which on one hand 
provides significant toughening efficiency, and on 
the other hand, it functions as a tough and flexible 
conductor through its surface loading of nano-size 
electrical conductive fillers [1]. 
 

2 Interleaf Materials and Surface Loading 

Aerospace-grade carbon fiber epoxy prepreg 
material was used in this study. One of the 
interleaf materials was thermoplastic, amorphous 
phenolphthalein poly ether ketone (PEK-C) film, 
which was additionally perforated. Another one was 
a textile veil made of nylon. Both of them are 
the proprietary trial-products of LAC/ACC. 
The conductive filler used was silver nanowires 
(AgNWs). The AgNWs were firstly dispersed in 
an isopropanol to prepare coating slurry. The 
film or veil was then dipped in the slurry, 

followed by a drying process to produce a 
surfaced-loaded interleaf. The loading level, i.e. 
the areal density of the AgNWs loaded onto the 
PEK-C film, was about 1.18 g/m2. The electrical 
percolation threshold of the surface-loaded films 
was about 0.3 g/m2. Generally, when the surface-
loading level was higher than 0.75 g/m2, the surface 
resistivity was typically lower than 4.2 Ω/sq.  
For the AgNWs-loaded veil, at an areal density of 
0.65 g/m2, the electrical resistivity is 33 Ω/sq and at 
a density of 1.5 g/m2, the resistivity decreases 
significantly to 5Ω/sq. The decreasing trend is then 
leveled off with the curve turning asymptotic to 
2Ω/sq. When the areal density is higher than 2 g/m2, 
the surface resistivity becomes very small, typically 
less than 2 Ω/sq. Both the AgNWs-loaded film and 
veil is apparently electrically highly conductive.  
 

3 Electrical Conductivity of the Interleaved 
Composites 

When the plain PEK-C films or nylon veils are 
interleaved, it does not affect the in-plane 
electric resistivity along the fiber direction (Rx) 
for all the composites studied, they all are about 
0.004 Ω•cm, maintaining the intrinsic 
conductivity of the carbon fibers.  
However, for the plain film interleaved, the in-
plane resistivity perpendicular to the fiber 
direction (Ry) is slightly increased from 4.68 to 
5.5 Ω•cm, and the through-thickness resistivity 
(Rz) is significantly increased from 8.18 to 4400 
Ω•cm. If the film loaded with AgNWs, a 
significant decrease in Ry is found, from 4.68 
Ω•cm for the control to 0.067 Ω•cm.  
For the samples interleaved with AgNWs-
loaded veils, the Ry is significantly decreased 

HOW TO MAKE HIGH-PERFORMANCE STRUCTURAL 
COMPOSITES MULTIFUNCTIONAL?  

 
Xiaosu Yi*, Miaocai Guo  

National Key Laboratory of Advanced Composites (LAC),  
AVIC Composites Center (ACC), Beijing, China 

* Corresponding author ({ HYPERLINK "mailto:correspondingauthor@iccm19.org" }) 
 

Keywords: Electrical conductivity, Fracture toughness, Silver nanowires 
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from 4.68 to 0.039 Ω•cm, and the Rz decreases 
from 8.18 to 0.722 Ω•cm.  
These results are obviously due to the high 
conductivity of the interleaves loaded with 
AgNWs. The decrease in Ry is particularly 
important because the conductive layers can be 
used to provide a sufficient lightning current 
pathway to protect the composite airframes. 
 
4 Interlaminar Fracture Toughness Properties 

The interlaminar fracture toughness in terms of 
the Mode I (GIC) and Mode II (GIIC) was studied. 
Interleaving of PEK-C film resulted in 
improved fracture toughness. The GIC is 
generally increased from about 300 to 400 J/m2, 
whereas the GIIC increases from 718 to 1344 
J/m2 for the interleaved one and up to 1578 J/m2 
for those loaded with the AgNWs.  
A similar trend was also found in the veil 
interleaved samples. Compared to the control, 
improvement in GIC is about 120%, whereas 
GIIC is increased by over 200%, from 718 to 
2410 J/m2 for the plain veil interleaved, and 
2345 J/m2 for the AgNWs-loaded veils. These 
results are encouraging, which demonstrate that 
the interlayer-toughening efficiency is 
completely maintained after the AgNWs loading.  
 
4 Microstructure-Property Relationship  

As observed by means of SEM, the AgNWs 
were densely interconnected with each other to 
form a conductive network on the PEK-C film 
surface and even cross the film thickness 
through the AgNWs network at the edge of the 
perforated holes. On the other hand, the veil is 
highly porous. After the surface loading, 
AgNWs are deposited onto almost all the 
surface of the veil; they look like a "spider web" 
covered structure, Figure 1.  
It is obvious that there are two interdependent 
structures that co-exist in different dimensions 
and characteristics, respectively. Firstly, the 
film or veil framework in micron scale is 
essential for the interlayer-toughening. On the 

other hand, it provides a mechanical support for 
surface loading of nano-scale AgNWs. As a 
result, a nano-scale, 3D cross-linked AgNWs 
network is established throughout the whole 
support, providing the electrical conductivity. 

 
5 Conclusion  

A highly electrical conductive and highly toughened 
carbon-fiber composite has been developed and its 
potential demonstrated for EMI shielding and 
lightning strike protection of aircraft. The key 
component for the electrical function-integration is 
the use of interleaf films or veils surface-loaded with 
AgNWs. The interleaf, on one hand, is a proven 
concept for toughening; on the other hand, it 
functions as a mechanical carrier for surface-loading 
AgNWs. By interleaving the material into the carbon 
fiber laminates, both the fracture toughness and 
electrical conductivity have been improved 
simultaneously. It seems reasonable to expect that, 
this technology could potentially offer the traditional 
structural composite laminates much unique function 
integration such as thermal conductivity, active 
damping properties, sensing properties and fire 
retardant properties etc. Further investigations are 
underway. 
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The failure process in composites is very complex, 
with multiple different mechanisms that may 
interact, making predicting failure extremely 
challenging. There is a shortage of really good 
experimental data, and after 50 years of research, 
the issue of failure criteria is still unresolved despite 
huge efforts on programmes such as the World 
Wide Failure Exercises [1,2]. 
 
A first challenge is to define what is meant by 
failure. Matrix cracking typically occurs quite early 
and is sometimes referred to as first ply failure, yet 
may have little effect on load carrying ability. In 
fact splitting allows stress redistribution at features 
such as notches, and may actually increase the 
ultimate strength. On the other hand some 
specimens may show no evidence of visible damage 
or load drops during testing, yet be found to contain 
substantial damage when examined in detail for 
example using X-ray CT scans.  
 
The difficulty of obtaining good experimental data 
can be illustrated by the most basic of all tests, to 
determine the unidirectional fibre direction strength. 
Straight-sided specimens with constant cross-
section are normally used, yet these contain 
significant stress concentrations where they are 
gripped and loaded in addition to localised through 
thickness compressive and shear stresses [3]. 
Failure therefore usually occurs prematurely at 
these points. Careful preparation of tensile 
specimens with very gradually chamfered thickness 
can lead to significantly higher failure stresses [4, 
5]. If failure does occur in the gauge section despite 
the stress concentrations, there must be some defect 
or other factor responsible. For example quasi-
isotropic carbon/epoxy specimens failing in the 
gauge section were found to have lower ultimate 

strains compared to the unidirectional material, due 
to failure initiating as a result of delamination at the 
free edge [5]. 
 
Such premature failures can also mask the size 
effect, whereby larger specimens tend to fail at 
lower stresses than smaller ones. This affects most 
failure modes in composites due to the brittle nature 
of fracture that depends on critical defects, which 
tend to increase in severity with increasing volume 
of material under stress [6]. For example in very 
carefully chamfered unidirectional specimens a 
14% reduction in tensile strength (defined as the 
point of catastrophic failure) was found going from 
specimens of size 0.5 x 5 x 30 mm to 4 x 40 x 240 
mm [5]. 
 
Another key challenge is that fracture often occurs 
due to the effect of multiple discrete cracks joining 
up to form a failure surface [7]. Whilst a single 
matrix crack may have negligible effect on overall 
strength, if several cracks can join up via 
delaminations, the specimen may be able to shed 
load completely without any fibres breaking. For 
example a (θ/-θ)s laminate can separate into two 
pieces by pull-out as a result of three matrix cracks 
linked by delaminations at the two ±θ interfaces. 
This mechanism however relies on free edges being 
present, and the response of unnotched tubular 
specimens with the same layup may be completely 
different. 
 
The way in which such discrete cracks interact can 
produce very large differences in failure stresses 
and modes. For example in unnotched (45m/90m/-
45m/0m)ns carbon/epoxy laminates the tensile 
strength varied by a factor of almost 3 for different 
values of m and n [5]. Conventional failure criteria 
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would predict the same strength in all cases, 
illustrating the limitation of treating the composite 
as a homogenised material. 
 
The effect of defects is also extremely important. 
Factors such as fibre waviness can cause large 
reductions in strength. These also depend on the 
manufacturing process, and so it is crucial that test 
specimens are representative of the actual as- 
manufactured structure. There are also intrinsic 
features in composites that have similar effects to 
defects. For example ply terminations act as local 
stress concentrations that can initiate delamination 
and lead to premature fibre failure. 
 
Failure is very a complex process, governed by 
many other factors beyond the simple multi-axial 
stress state, including the ply thickness, stressed 
volume, free edges, ply drops, and defects arising in 
manufacturing or service. It is therefore not 
surprising that there are difficulties in applying 
simple failure criteria. These can never the less be 
very useful in design of structures, but should 
perhaps be referred to as design criteria rather than 
failure criteria. The key issue is to understand their 
limitations and range of validity. The effect of 
delamination is particularly important. This is 
usually associated with out-of-plane loading, but 
can also have a large effect on in-plane strength [8]. 
 
A similar issue arises with approaches such as the 
average failure stress criterion, which is widely 
used to assess the importance of stress 
concentrations. For example it has been applied to 
the case of open hole tensile and compressive 
strength [9]. Reasonably good results were obtained 
for dispersed layups where failure was fibre 
dominated, but in cases with blocked plies, 
delamination occurred at much lower stresses. It is 
therefore critical to understand when the criterion 
breaks down. In this specific case, this happened 
mainly due to delamination at ply thicknesses of 0.5 
mm or greater, but it also depends on the specimen 
geometry, and on the material, especially the 
interlaminar fracture toughness. 
 
To accurately predict failure, the physical 
controlling mechanisms need to be taken into 
account, which may be different in different cases. 
Detailed models are required, which include the 

critical phenomena at the appropriate level. When 
this approach is adopted, good predictions can be 
obtained, for example for failure of tapered 
composites with ply drops [10] and at stress 
concentrations such as open holes [11], opening the 
way for effective virtual testing of composites. 
References 
 [1] M. J. Hinton, A. S. Kaddour and P. D. Soden “A 

comparison of the predictive capabilities of current 
failure theories for composite laminates, judged 
against experimental evidence”. Composites Science 
and Technology, Vol. 62, pp 1725-1797, 2002. 

[2] A. S. Kaddour and M. J. Hinton “Maturity of 3D 
failure criteria for fibre reinforced composites: 
comparison between theories and experiments: Part 
B of WWFE-II”. Journal of Composite Materials, 
Vol. 47, pp 925–966, 2013. 

[3] M. R. Wisnom “Effect of shear stresses in indirect 
compression tests on unidirectional carbon fibre-
epoxy”. AIAA Journal, Vol. 29, pp 1692-7, 1991. 

[4] M. R. Wisnom and M. R. Maheri “Tensile strength 
of unidirectional carbon fibre-epoxy from tapered 
specimens”. Proceedings of 2nd European Conf. on 
Composites Testing and Standardisation, Hamburg, 
pp 239-247, September 1994. 

[5] M. R. Wisnom, B. Khan and S. R. Hallett “Size 
effects in unnotched tensile strength of 
unidirectional and quasi-isotropic carbon/epoxy 
composites”. Composite Structures, Vol. 84, pp 21-
28, 2008. 

[6] M. R. Wisnom “Size effects in the testing of fibre-
composite materials”. Composites Science and 
Technology, Vol. 59, pp 1937-1957, 1999.  

[7] M. R. Wisnom “Modelling discrete failures in 
composites with interface elements”. Composites 
Part A, Vol. 41, pp 795–805, 2010. 

[8] M. R. Wisnom “The role of delamination in failure 
of fibre-reinforced composites”. Philosophical 
Transactions of the Royal Society, Vol. 370, pp 
1850-1870, 2012. 

[9] M. R. Wisnom, S. R. Hallett and C. Soutis “Scaling 
Effects in Notched Composites”. Journal of 
Composite Materials, Vol. 44, pp 195-210, 2010. 

[10] L. F. Kawashita, M. Jones, S. Giannis, S. R. Hallett 
and M. R. Wisnom “High fidelity modelling of 
tapered laminates with internal ply terminations”.  
Proceedings of 18th International Conference on 
Composite Materials, Jeju, Korea, August 2011. 

[11] S. R. Hallett, B. G. Green, W. G. Jiang, K. H. 
Cheung and M. R. Wisnom “The open hole tensile 
test: a challenge for virtual testing of composites”. 
International Journal of Fracture, Vol. 158, pp 169-
181, 2009. 

ICCM19 13

http://apps.webofknowledge.com/DaisyOneClickSearch.do?product=WOS&search_mode=DaisyOneClickSearch&colName=WOS&SID=Q1nIBPoeCCiGb5hbNPD&author_name=Hinton,%20MJ&dais_id=11909599
http://apps.webofknowledge.com/DaisyOneClickSearch.do?product=WOS&search_mode=DaisyOneClickSearch&colName=WOS&SID=Q1nIBPoeCCiGb5hbNPD&author_name=Kaddour,%20AS&dais_id=11661144
http://apps.webofknowledge.com/DaisyOneClickSearch.do?product=WOS&search_mode=DaisyOneClickSearch&colName=WOS&SID=Q1nIBPoeCCiGb5hbNPD&author_name=Soden,%20PD&dais_id=14540968


THE 19th INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS

Virtual Testing of Composites: Opportunities and

Challenges

Anthony M. Waas,
Felix Pawlowski Collegiate Professor, Department of Aerospace Engineering,

University of Michigan, Ann Arbor, MI 48109, and
Visiting Professor, Aeronautics Department, Imperial College, London SW7, UK

1 Abstract

The design of lightweight composite vehicle
structures, for example airframe structures, re-
lies on extensive testing, coupled to a bottom-
up, pyramidal building block approach, to en-
sure structural integrity and damage tolerance.
Reducing the number of tests can lead to a sub-
stantial decrease in total design cost of many
vehicles. Cost reduction is enabled by develop-
ing high fidelity computational models which
can provide valuable information regarding the
performance of a structure up to and includ-
ing failure, provided the modeling is based
on material parameters that can be measured,
and is validated using laboratory tests that
are designed to be discriminatory. This ac-
tivity, which is now a major area of research
falls under the broad umbrella of ”virtual” test-
ing, and also includes parallel activities such
as ICME (integrated computational materials
science and engineering), and ”digital twin”
(the process of creating a high fidelity computa-
tional model of individual aircraft, to integrate
computation of structural deflections and tem-
peratures in response to flight conditions, with
a depository of local damage evolution so that
the ”state” of the vehicle is updated and cur-
rent at any given time). In this talk, the author
will propose a ply level, mesh objective, finite
element model for laminated composites that
can be used in ICME and ”digital twin” activ-
ities of aero-composite structures. The mate-
rial parameters that are needed to execute the
model and how these can be measured using
coupon level samples will be discussed. Val-

idation of the model through open hole ten-
sion and open hole compression tests of large
structural panels will be presented. Finally,
the many opportunities available to extend the
model using multi-scaling strategies will be dis-
cussed and the many challenges that one en-
counters will also be presented. The finite el-
ement model development relies on modeling
each lamina as a damaging layer, where the
damage is primarily due to matrix degradation
occurring because of microcracking and trans-
verse cracking, Talreja (1985). This leads to
a softening response under transverse tension-
compression combined with shear. This degra-
dation is captured through a thermodynam-
ically based damage mechanics theory intro-
duced by Schapery (1990), referred to as ST.
The ST formulation, has been used before to
model progressive damage in postbuckled pan-
els, Basu et al. (2007), and is extended here to
include ply failure due to fiber fracture, matrix
splitting and matrix shearing leading to shear
cracking (EST), in Pineda and Waas (2013).
Under multi-axial stress states, the stress re-
sponse at the local level leads to a downturn,
resulting in a locally negative tangent stiffness.
The onset of this loss of positive definiteness in
the tangent stiffness is captured through a tran-
sition from a continuum to a non-continuum
(NC) response of the ply. The NC response is
modeled utilizing Bazant’s crack band model,
Bazant and Oh (1983), with characteristic frac-
ture length scales that in turn are related to
characteristic finite element lengths, thus lead-
ing to mesh objective renditions of the local
NC response. During this progressive devel-

1
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opment of damage, there are regions within a
lamina that are in the NC regime and also in
the continuum regime depending on the local
tangent stiffness. Just as an appropriate stress-
strain relation is used to characterize contin-
uum response, a traction-separation relation is
used to characterize the NC response. The NC
response thus requires appropriately defined
toughness and strength measures that capture
the failure mechanisms of fiber tensile fracture,
fiber compressive fracture, matrix tensile and
compressive fracture and matrix shear fracture.
In some of these cases, mixed mode laws are
needed to effectively simulate the response. In
some instances, micromechanics is used to de-
fine the onset of NC response and to calculate
the toughness values using the constituent ma-
terial properties, see Pineda and Waas (2013),
for details.

A disadvantage of EST is that it is unable to
capture details of the failure mechanics within
a ply. To address this, multiscaling strategies
are developed. Two such approaches use a rep-
resentative volume element (RVE) of the lam-
ina at the sub-scale. In one case, both the
sub-scale problem and the macro-scale prob-
lem are solved using the finite element method,
while in another case, the sub-scale equations
are solved using Aboudi’s generalized method
of cells, Aboudi et al. 2001, while the macro-
scale is solved using the finite element method.
In each of these instances, there is a need to
maintain mesh objectivity at each scale and to
tie in the characteristic physical length scales
at each scale to the geometric length scales
that are appropriate to the discretization that
is specific to a particular method. In this pre-
sentation, results from open hole tension and
open hole compression tests of laminates will
be used as the basis to discuss the advantages
and disadvantages of the EST and multiscaling
strategies for progressive damage and failure of
laminates within the broader framework of vir-
tual testing.
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A review: carbon fiber reinforced composites for automotive 

 
Carbon fiber has been used in automotive area to reduce part weight and improve performance. 
In the decade, various attempts to make carbon fiber from resources to save carbon footprints 
such as lignin. Carbon fiber reinforcement and thermosetting resins is among the most popular 
choice of impregnates to make SMC and has excellent properties instead. In addition, carbon 
fiber can also be chopped and compounded with thermoplastics such as PP, PLA etc to produce 
high thermal resistance composites use for automotive area. 
The use of biological resources derived carbon fiber not only help reduce the dependence of 
advanced composites on the volatile cost of petroleum, and thereby helping to reduce the cost of 
composite materials for automotive, but also help achieve sustainability of green car. In this talk, 
carbon fiber in composites for automotive will be addressed and give us an overview of its 
development in recent years. 
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“50 Years of Advanced Composites Research and Innovation: A Canadian Perspective” 

Plenary Lecture in Honour of the Scala Awardee, Dr. Ken Street 

  

Advanced composites have now been with us for some 50 years, and their rate of adoption has 
increased dramatically in recent years.  Since the very beginning it has been clear that 
composites can offer significant benefits, all essentially linked to the fact that raw material and 
final structure are created at the same time.  But the complexity that leads to this benefit has also 
been the root cause of the risk and uncertainty that has plagued their adoption.  In this context, 
this lecture traces the history of composites research and innovation in Canada.   The aim is not 
only to honour the contributions of the 2013 Scala Awardee, Dr. Ken Street, but also to start a 
dialogue on key indicators and issues that have affected composites research and innovation over 
the last 50 years. 
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1 Introduction   

Thermoplastic resin, a matrix of fiber reinforced 

thermoplastic (FRTP), is composed of high 

polymers that remains highly viscous even at a 

higher temperature than its melting point. As a result, 

it need a higher temperature, a higher pressure and 

longer process time to allow it to bond with fibers, 

unlike fiber reinforced thermoset plastics (FRPs) to 

be easily molded due to the use of lower viscosity 

liquid resin as the matrix. In this paper, a fabrication 

method of the fiber reinforced thermoplastics using 

in-situ polymerization polyamide 6 as the matrix 

was presented. This method used a vacuum assisted 

resin transfer molding (VaRTM) without a large and 

special equipment. The polyamide 6 was converted 

from its monomer into thermoplastic polymer with 

ring-opening polymerization of ε-caprolactam 

during the molding process at a lower temperature 

than its melting temperature. Using glass fabrics, 

carbon fabrics and their hybrid fabrics with the in-

situ polymerization PA 6, GFRTP[1], CFRTP[2] and 

HFRTP[3] were obtained respectively. These FRTP 

plates had no voids and unfilled parts because the ε-

caprolactam had very low viscosity before 

polymerization. These FRTP not only exhibited 

superior mechanical properties, but also was suitable 

for high-speed molding, namely within one minute 

process time because it could be released from the 

mold without a cooling process. 

   
 

2 Fabrication Method  

2.1 Materials  

The in-situ polymerization PA6 was obtained from 

ε-Caprolactam and sodium salt as an anionic catalyst 

and hexamethylene diisocyanate (HMDI) as an 

active agent. In the CFRTP and the GFRTP, CF 

fabrics (CF3302H, Toray Industries, Inc.) and GF 

fabrics (WEA22F-BX, Nitto Boseki Co., Ltd.) were 

used as the reinforcement, respectively. In the   

HFRTP, the same CF and GF fabrics were used as 

the reinforcement.   

 

2.2 Molding Method 

The catalyst for anionic polymerization of ε-

Caprolactam may lose its catalytic function due to 

the water in the air whereby polymerization may fail. 

Therefore, to fabricate the FRTP, it may be 

necessary to use the sealed (air tight) molding 

methods that can control the water content in the 

system This study selected the VaRTM method in 

which a simple vacuum pump was used as a resin 

infusion system for fabricating the FRTP.  

Figure 1 shows a schematic view of the VaRTM 

molding system.   

         Figures 2 show the GFRTP , CFRTP plates and the 

thickness direction view of HFRTP. The dimensions 

of three FRTPs were 710 mm in  length , 360 mm in 

width,  3 mm in thickness, 40mm in depth, 50 mm in 

flange width, respectively. In the HFRTP, the CF 

fabrics were stacked upper 2 layers and lower 2 

layers and the GF fabrics were stacked middle 10 

layers. The volume fractions of three kinds of FRTP 

were 42 %. 

 

 

 

 

 

 

 

 

 

 Fig.1 Schematic view of VaRTM 
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               (a) GFRTP and CFRTP Plates 

                 

 

 

(b) Thickness View of HFRTP 

            Figs 2 Three kinds of FRTP Plates 

 

3. Bending Evaluation 

Figure 3 shows the bending test results of both 

GFRTPs. The pre suffix ” I-“ and “C-“ meant the 

FRTPs fabricated by the in-situ polymerization PA 6 

with the VaRTM and by the films of PA 6 with a hot 

press molding, respectively. The bending strength 

and modulus of  the I-GFRTP became the highest at 

the molding temperatures from 140℃ to 160℃. This 

dependency of the bending strength and modulus on 

the molding temperature seems to correlate with the 

content of un-reacted monomer in the matrix. The I-

GFRTP fabricated at the temperatures from 180 to 

200℃  had a larger percentage of the un-reacted 

monomer. This un-reacted monomer contained in 

the matrix seems to lead  insufficient polymerization 
  

 

 

 

 

 

 

 

               

 

 

 

Fig. 3 Bending Properties of Both GFRTP  

and then to be lower mechanical strength. Based on 

these bending test results, we find that there is an 

optimum range of molding temperature of the in-situ 

polymerization PA 6.  

The bending strength and modulus of the C-GFRTP 

used already polymerized PA 6 as the matrix was 

approximately the same as the I-GFRTP molded at 

the temperature from 140℃ to 160℃ in terms of 

both the bending strength and modulus. 

Figure 4 shows the representative stress-stain of the 

I-CFRTP, the I-GFRTP and the I-HFRTP fabricated 

at the molding temperature of 140℃. The stress of 

the I-HFRTP increased approximately linearly with 

the strain and the value of failure was same as that of 

the I-CFRTP. The experimental results of the 

bending strength and modulus (485MPa and 

35.9GPa) approximately agreed with the theoretical 

values (487MPa and 33.6GPa) because no 

delamination between the CF and GF fabrics at the 

compression side.   

 

 

 

 

 

 

 

 

 

 

 Fig.4 Relations of Bending Stress to Bending Strain 

for Three Kind of FRTP 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction to KARI 

Having launched our first satellite in 1992, the 

history of space development in Korea is quite short 

compared with the major space faring countries. In 

spite of this short history, with the strong support of 

the Korean government, much has been 

accomplished during this short period with 15 

satellites (including commercial satellites) in orbit, 3 

successfully launched sounding rockets, and the 

recent successful launch of the Naro space launch 

vehicle (KSLV-1). 

The Korea Aerospace Research Institute, established 

in 1989, has played a key role in implementing 

national space programs through research and 

development of aerospace technology with its 

mission to contribute to the development of the 

national economy and improvement of the quality of 

life for the Korean people through aerospace 

technology research & development. 

In the field of satellite technology, KARI developed 

the Korea Multipurpose Satellites (KOMPSAT-1, 2, 

3) and the Communications, Oceanography and 

Meteorology Satellite (COMS). In the field of 

launch vehicle technology, KARI established the 

Naro Space Center in 2009 and successfully 

completed the KSLV-1 project by launching a 100kg 

class small satellite (STSAT-2) into a low-earth orbit  

on Jan. 30 this year. In the aeronautics field, KARI 

participated in the Korea Helicopter Project as well 

as the Smart Unmanned Air Vehicle Project. 

Current programs at KARI include the KOMPSAT-

5, KOMPSAT-3A, and STSAT-3 satellite programs 

and the KSLV-II launch vehicle program.  

 

2 Applications of composite materials to the 

aerospace systems in KARI 

A robust and intelligent tilt rotor UAV (Fig. 1) 

exhibiting high-speed cruise and VTOL capabilities 

has been developed by KARI since 2002. This is 

designed to take-off and land vertically, and cruise 

like an airplane using a tilting rotor mechanism 

which is located at the wing tips. Most of the 

structures except for joint fittings and some 

bulkheads were made of composite materials to have 

light weight and low cost. The top design 

requirements of Smart UAV are 5 hours of flight 

time, a speed of 500 km/hr, and a 1000 kg takeoff 

weight with a 40 kg payload. A carbon fiber 

reinforced BMI matrix using resin transfer moulding 

process is applied for high temperature zones around 

engine exhaust ducts. In the results of the full scale 

static test, it was shown that the structures of Smart 

UAV can hold up to 165 % of the design load.  

Naro-1, previously designated Korea Space Launch 

Vehicle or KSLV, is Korea's first carrier rocket, and 

the first Korean launch vehicle to achieve Earth orbit. 

Application of composite materials in the upper 

stage of the launch vehicle includes PLF (Payload 

Fairing), kick motor case, nozzle, equipment bay 

structure, and RCS (Reaction Control System) tank 

(Fig. 2). The kick motor case is filament wound 

using high-strength carbon fiber and epoxy resin. It 

is about 1 m in diameter and 1.7 m in length. The 

kick motor nozzle consists of 4D Carbon/Carbon, 

Sillica/Phenolic, Carbon/Phenolic and 

Glass/Phenolic to withstand the firing condition of 

about 3000℃ and high pressure. The equipment bay 

and panels designed to carry and support the main 

equipments are sandwich structures fabricated with 

carbon/epoxy facet sheet and honeycomb core. 

Different core material such as aluminum and 

Nomex are used for the strength and stiffness 

requirements. The RCS tank is made of aluminum 

seamless liner and composite overwrapping with 

carbon fiber and epoxy by filament winding process. 

In recent years, the trends of spacecraft design have 

been towards smaller and lighter satellites. To 

APPLICATIONS OF COMPOSITE TECHNOLOGIES TO 

AEROSPACE SYSTEMS IN KARI 
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reduce the volume and weight of the satellite, the 

MFS (Multi-Functional Structure) concept as a new 

system for spacecraft design that folds the 

electronics into the walls of the spacecraft has been 

developed. The MFS integrates the electronics, 

thermal control and structure into a single packaging 

system, so, it can eliminate the chassis/frames, 

PWBs (Printed-Wiring Boards), cables and 

connectors of the electronic boxes. The rectangular 

grid-stiffened structure (Fig. 3), which is made of 

the skin and ribs, is designed and manufactured 

using the pan-based CFRP (Carbon Fiber Reinforced 

Plastics). The pitch-based CFRP is bonded on the 

skin of the pan-based CFRP of the exterior of the 

structure to promote better heat transfer. 

 

3 Development of HSTS(High Stability Telescope 

Structures)  for EO(Electro-Optical) cameras  

The composite technology required for the HSTS to 

obtain stable high resolution satellite images in the 

extreme space environment is very important for the 

satellite EO camera system. KARI KOMPSAT 

satellites are orbiting in SSO (Sun Synchronous 

Orbit) at about 685 Km. The large size mirror of the 

camera system and the supporting structure should 

be stable thermally under extreme conditions such as 

high temperatures in the sunlight, almost zero 

absolute temperature in the shade and the resulting 

high temperature gradient. Any appreciable 

distortions due to thermal deformation in space 

would result the serious deterioration of the camera 

resolution resulting in blurred images. However, the 

camera system should be light weight and strong 

enough to withstand the severe blasting loads in the 

rocket launch event. Composite material may be 

considered as one of the best candidates for the 

HSTS if the appropriate engineering is applied. In 

KOMPSAT2, the hand-layup technology of prepreg 

for the 0.75m dia. and 1.3m long camera was used 

and thermal deformation under 2 µm (T= 20 K) 

was achieved. In KOMPSAT3, the Filament 

Winding technology by using  M60J as fiber and 

L20SL Epoxy for the 0.93m dia. and 2.1m long 

camera and the thermal deformation under 3 µm 

(T= 4 K) was observed. For the next EO 

satellite, we are now developing a camera of 

less than 0.5m EO resolution with hand-

layup(Fig. 4).  

4 Summary 

Composite technologies have provided a lot of 

solutions for aerospace systems like aircrafts, 

satellites and rockets for KARI seeking light weight 

and extreme temperature and load endurance. 

Particularly, the successful development of the HSTS 

proved that the CFRP technology is well suited for 

such large and highly dimensionally stable structures 

for optical instruments. Furthermore, the achieved 

results indicate clearly that the potential is given for 

even larger sized optical telescope structures. 

 

Fig. 1. Robust and intelligent tilt rotor UAV 

 

 

Fig. 2. Upper stage of the launch vehicle, NARO 

 

 

Fig. 3. Rectangular grid-stiffened structure for 

KOMPSAT programs 

 

 

Fig. 4. HSTS for 0.5m EO resolution(1.2m dia. 

and 1.9m long) under 3-D measurement 
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Fusion Bonding of Thermoplastic Composites  
 

Ali Yousefpour 
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5145 Decelles Avenue, Montreal (Quebec) H3T 2B2, Canada 
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Joining is an important step in manufacturing of aerospace thermoplastic composite 
structures.  In general, joining of thermoplastic composites can be categorized into 
mechanical fastening, adhesive bonding, and fusion bonding or welding.  Fusion bonding 
or welding has great potential for joining, assembly, and repair of thermoplastic 
composite components and offers many advantages over other joining techniques.  This 
presentation addresses critical technical aspects of the fusion bonding process such as, 
heat generation at the weld interface, process modeling, process methodology, process 
parameters, mechanical performance, and automation. At the end, it presents the areas of 
improvement for further development and advancement in this field. 
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1. General Introduction  
Segmentation and assembly has been recognized as 

an attractive approach to create hybrid materials [1] 

with novel, and multifunctional properties.  This 

material design principle can be applied to multiple 

length scales ([2]-[4]), Fig. 1. 

 

Segmentation and assembly is a mechanism that has 

been found in several biological structures (e.g. 

spinal column, armadillo armor, shark tesserae) 

where toughness is combined with flexibility. Such 

structures are assembled in a close packed 

configuration by connecting individual hard through 

a common carrier. The present paper discusses two 

examples of such an approach in the context of 

multi-phase material systems. In the first example, a 

composite material is demonstrated in which a 

segmented matrix of topologically interlocked unit 

elements is combined with carbon fibers. This 

composite possesses characteristics of a tensegrity 

structure. In the second example a multi-layer 

composite is discussed in which a segmented “tile” 

layer is assembled on a compliant substrate, inspired 

by tesserae. This material exhibits dynamic response 

with rich sub and superharmonics. 

 

2. Tensegrity Composite 

Tensegrity structures combine continuous tension 

and discontinuous compression elements [5]. This 

study investigates the design of such a bio-inspired 

engineering material that could replicate the function 

and characteristics of the aforementioned natural 

structures, and, interrogates the resulting material in 

regards to its mechanical properties. However, 

manmade tensegrity structures, made of cables and 

struts, are not dense. An approach is presented to use 

the principles of segmentation and assembly to 

create tensegrity systems in a space filling form. The 

approach employs the concept of topological 

interlocking materials (TIMs) [6]. In TIMs, 

independent unit elements in the shape of polyhedral 

are arranged such that each element is prevented 

from moving by surrounding elements.  Our work in 

particular considers such assemblies created in the 

form of the densest 2D packing of tetrahedra.  Under 

transverse loading polyhedral elements transfer load 

to each other through contact only.  To fulfill 

equilibrium, a tensile load carrying component is 

needed.  In past studies by our group ([7], [8]) as 

well as by others ([9]-[12]), the assembly of 

polyhedra was located within rigid abutments.  Here, 

a different and alternative approach is undertaken, 

and tensile loads are carried by strings positioned 

between the polyhedra.  In the embodiment of 

specific concern to the present investigation, the 

tensegrity TIMs were created using 49 tetrahedra 

unit elements (made of ABS and produced in a 3D 

printer) of edge length 25mm. Carbon fiber tow 

(T300) was used as the tension carrying component 

with the fiber tow weaved into the tetrahedra 

assembly.  Fig. 2 depicts the manufacturing 

approach.  First, the topologically interlocked 

assembly of tetrahedra is obtained.  At this stage, the 

polyhedra are positioned on an underlying template 

(a periodic arrangement of square pyramids), Fig. 

2(a).  

 

Subsequently, the carbon fiber tow is placed 

between the tetrahedra such that a weave pattern is 

created with the tetrahedra positioned in void space 

in the weave, Fig. 2(b). Finally, the carbon fiber tow 

is tightened by a knot using a lock-nut assembly.  

Other processes for locking can be employed based 

on well known rules to tie knots. This process is 

controlled by inserting a thin film pressure sensor 

between tetrahedral such that the interelement 

contact pressure is controlled.  The final assembly is 

depicted in Fig. 2(c).  The two pairs (white and 

yellow) boundary elements were introduced for 

convenience of the assembly and weaving process, 
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but dense tensegrity assemblies can be created 

without these.  

The resulting two-dimensional solid was subjected 

to transverse loading. Typical force-deflection data 

from such experiments are depicted in Fig. 3. The 

recorded force-deflection data show a non-linear 

hardening response.  Such a response is has been 

documented for classical, sparse tensegrity 

structures [13] and is related to the geometry of the 

load transfer in the assembly and the changes of 

geometry of the load transfer in the structure during 

loading. We observe the load carrying capacity of 

the assembly to be limited by two possible failure 

modes: (i) partial rupture of the carbon fibers, and 

(ii) by in-plane rotation of the central tetrahedron. 

Fig. 4 depicts a typical tensegrity structure after 

failure. 

 

To demonstrate further embodiments of the dense 

tensegrity, Fig. 5(a) provides an image of a material 

system where no surrounding boundary elements are 

employed.  The mechanical response is in principle 

identical to that depicted in Fig. 3, but the peak load 

– recovery response is more strongly present, Fig. 

5(b).  This figure also compares the response of the 

tensegrity system with that of an assembly as 

supported by rigid abutments.  

 

The analysis approach for the dense tensegrity 

systems introduced here expands on the concepts of 

thrust line analysis for topologically interlocked 

materials as introduced by the present authors in [7] 

This approach recognizes that load transfer in 

topologically interlocked assemblies occurs by 

contact between elements only. For the purpose of 

the development of an analysis of transverse load 

transfer the topologically interlocked assembly is 

replaced by a network of trusses located in the thrust 

lines.  A mechanics of materials approach is used to 

solve the statically indeterminate system resulting 

from this approach.  Here, relevant modifications for 

the approach to the topologically interlocked dense 

tensegrity are made.  

 

The location of the thrust lines in the tensegrity 

system is obtained from a finite element model, Fig. 

6. 

 

An abstraction of the configuration of Fig. 7 is used 

to obtain a closed form expression for the force-

deflection response.  This model follows from [14]. 

The mechanical response of the tensegrity system 

emerge as a result of a self equilibrated internal 

stress state. We consider the tensegrity system as an 

assembly of trusses and strings in a geometry as 

given in Fig. 7.   

 

The following relationships emerge: 
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Here, sF is the force in the string, and, F is the 

transverse load, respectively. Furthermore, δ is the 

transverse deflection and β the characteristic 

internal angle. The system characteristic constant C 

is determined by the string stiffness and the 

geometry of the assembly.  For the comparison 

between experimental data (considering the 

experiment in which string failure was observed, 

Fig. 3) and model prediction we employ this 

description in a normalized form which allows for 

the determination of the system characteristic 

constant and its change during loading: 
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The comparison between experiment and model is 

depicted in Fig. 8. 
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Based on the model we can now argue the proposed 

dense tensegrity system can allow for variable 

system stiffness by controlled changes to the string 

stiffness.  Fig. 9 depicts model predictions of the 

force deflection response where the string stiffness 

was set to decline throughout the loading processes. 

 

3. Tesserae Composite  

Tesserae composites are assemblies of stiff tiles on 

flexible substrates. These systems are inspired by the 

anatomical structure of tesserae in sharks and rays 

[15], and allow for high mechanical efficiency. A 

model tesserae material system was created by 3D 

printing an assembly of 9 rigid square tiles onto a 

compliant substrate. The manufacture of the tesserae 

composite was conducted in a Connex 350 3D 

printer, and the use of the flexible TangoBlack+ and 

rigid VeroWhite materials.  The Connex printer 

enables the integrated 3D printing of such multi-

material assemblies.  Trenches of width of 250 µm 

between tiles were considered such that individual 

tiles are not completely integrated after the initial 

print process but only weakly connected.  The actual 

tile separation can then be accomplished by 

fracturing along these predefined lines.  The 

resulting tesserae composite is depicted in Fig. 10. 

 

The tesserae composite possesses a bi-linear bending 

stiffness, with a stiff response when the tile-to-tile 

contact is closed, and compliant response when the 

tile-to-tile contacts are open.  In order to 

demonstrate the interesting characteristics of such a 

bilinear tesserae composite structure the 

transmission characteristics of sound across the 

structure are explored. 

 

First a finite element model of a simplified tesserae 

composite was created. This model structure 

consisted of a compliant backing (E=2 GPa) and a 

stiff tile material (E=200 GPa) in a planar 

configuration with span 0.5 m, which considered a 

minimal assembly of two tiles across the span, Fig. 

11. The contact interaction between the tiles 

assumed a contact stiffness of 10E14 Pa/m. The 

model possesses a bilinear stiffness in its deflection 

response under a constant distributed load with the 

bending stiffness in the open direction 1.0 Pa/m and 

that in the closed direction 1.4 Pa/m. 

 

In order to assess the acoustical characteristics of the 

tesserae composite a 2D model of a standing wave 

tube was created, with the tesserae composite 

separating upstream from downstream duct. An 

implicit dynamic simulation was conducted with the 

code ABAQUS.  Fig. 12 depicts the geometry of the 

set-up considered. 

 

This approach allows one to include the non-linear 

response due to the contact interaction.  The acoustic 

analysis considered pure tone sound sources both 

above and below the fundamental frequency. The 

time history of the pressure response was recorded at 

several locations of the acoustic duct. Then the 

power spectral density (PSD) of the response signal 

was obtained using Welch’s average modified 

periodogram method. In addition to the transient 

analysis, steady state analysis of limiting structures 

were conducted as well which considered the open 

and closed states separately. For the open 

configuration the first eigenmode possesses a 

frequency of 45.4 Hz, while for the closed 

configuration the first eigenmode possesses a 

frequency of 48.4 Hz. The first eigenfrequency of 

the bilinear system was then computed as  

 

 
2 open closed

Bi

open closed

f f
f

f f
=

+
 (3) 

 

with a numerical value of fBi
=46.2 Hz. 

The numerical simulation of the single frequency 

transient response were considered at a frequency 

below fBi
(f=20 Hz), at fBi

, and above fBi
 (f=80 

Hz). Results for these three cases are depicted in the 

subsequent figures and for each frequency compared 

to a system with linear stiffness. In addition for the 

frequency fBi
 the directionality of the system was 

investigated. 

 

The results in Fig. 14 to 16 indicate the presence of 

subharmonics and superharmonics. Both are excited 

in the tesserae composites in addition to the 

excitation frequency.  In the linear comparison 

material subharmonics and superharmonics are 

absent. The details of the response are found to be 

dependent on the relative location of the excitation 

frequency to the structure eigenmodes. The above 
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results support the idea of transferring energy from 

low frequencies to higher frequencies, and that 

tesserae composites can play a role in advanced 

acoustical materials.  The material system provides 

the freedom to tune the strength of the 

superharmonics and subharmonics by increasing or 

decreasing the degree of bilinearity through either 

the mismatch in modulus of tile and backing, the 

contact interaction as well as the degree of 

segmentation. 
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MULTIFUNCTIONAL COMPOSITES BY SEGMENTATION AND ASSEMBLY 

 

 

 

 
Fig. 1: Segmentation and assembly as a principle of 

hybrid material design across length scales ([2]-

[4]). 

 

 

(a)  

 

(b)  

(c)  

Fig. 2: (a) Topologically interlocked tetrahedra of 

edge length a; (b) Weaving pattern; (c) Final 

dense tensegrity assembly based on 

topologically interlocked assembly of tetrahedra. 

 

 

 
Fig. 3: Mechanical response of the dense tensegrity 

assemblies under transverse loading. 

Comparison to a topologically interlocked 

material assembly supported by abutments. 
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Fig. 4: Structure after failure.

 

 

(a)  

(b) 

Fig. 5: (a) Dense tensegrity structure, no boundary 

elements; (b) mechanical response.
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failure. 

 

 

Fig. 5: (a) Dense tensegrity structure, no boundary 

elements; (b) mechanical response. 

Fig. 6: Computed spatial distribution of compressive 

principal stresses in a transversely loaded dense 

tensegrity. The red line depicts the sp

elements representing the strings of the weave.

 

 

Fig. 7: Model system to obtain the mechanical 

response of the tensegrity system. Black lines 

represent the thrust lines in the tetrahedra, while 

gray lines represent the carbon fiber tow.
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Fig. 6: Computed spatial distribution of compressive 

principal stresses in a transversely loaded dense 

line depicts the spring 

elements representing the strings of the weave. 

 
Fig. 7: Model system to obtain the mechanical 

response of the tensegrity system. Black lines 

represent the thrust lines in the tetrahedra, while 

lines represent the carbon fiber tow. 
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 MULTIFUNCTIONAL COMP

Fig. 8: Comparison of model prediction and 

experiment. 

 

 

Fig. 9:  Predicted mechanical response of a dense 

tensegrity system with controlled string stiffness 

during the loading sequence.
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: Comparison of model prediction and 

 
Fig. 9:  Predicted mechanical response of a dense 

tensegrity system with controlled string stiffness 

during the loading sequence. 

Fig. 10: 3D printed model tesserae composite.

 

 

Fig. 11: A model of a minimal tesserae assembly.
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Fig. 10: 3D printed model tesserae composite. 

 
a minimal tesserae assembly. 
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(a)

(b)

Fig. 12: (a) Geometry of the acoustic system 

considered in the finite element simulation. (b) 

The test sample is considered as the minimal 

tesserae composite depicted in Fig. 1

 

(a) 

(b) 

Fig. 13: Predicted power spectral density (PSD) for 

(a) the tesserae model and (b) an unsegmented 

system. f=20 Hz. 
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Fig. 12: (a) Geometry of the acoustic system 

considered in the finite element simulation. (b) 

The test sample is considered as the minimal 

tesserae composite depicted in Fig. 10. 

 

 

edicted power spectral density (PSD) for 

(a) the tesserae model and (b) an unsegmented 

 

(a) 

(b) 

Fig. 14: Predicted power spectral density (PSD) for 

(a) the tesserae model and (b) an unsegmented 

system. f
Bi

=f=46.2
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Fig. 14: Predicted power spectral density (PSD) for 

(a) the tesserae model and (b) an unsegmented 

=46.2 Hz. 
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(a) 

 
(b) 

Fig. 15: Predicted power spectral density (PSD) for 

(a) the tesserae model and (b) an unsegmented 

system. Bi
f =f=46.2 Hz. Reverse loading 

direction. 

 

 
(a) 

 
(b) 

Fig. 16: Predicted power spectral density (PSD) for 

(a) the tesserae model and (b) an unsegmented 

system. f=80 Hz. 
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MULTIFUNCTIONAL COMPOSITE MATERIALS FOR 
BIO-INSPIRED SYSTEMS ALLOWING AUTONOMIC RESPONSE 

 
B.-L. Lee, ScD 

U. S. Air Force Office of Scientific Research 
Arlington, VA 22203, U. S. A. 

 
Abstract 

 
The area of multifunctional structures has become prominent in the last few years with a 
number of definitions and concepts being put forth.  The most popular definition is a 
structure that has the ability to perform multiple tasks through judicious combinations of 
structural integrity with specific functional properties dictated by the system 
requirements.  Some researchers take a rather pragmatic view of multifunctional design 
by starting with a conventional composite and incorporating the additional layers with 
specific functionality.  Others try to emulate biological systems, in which jointed 
frameworks and complex materials impart active functionality at multiple length scales.  
It is hoped that individual material elements are concurrently participating in distinct, 
beneficial physical processes thereby delivering truly dramatic improvements in system-
level efficiency instead of incremental improvements.  Among various visionary contexts 
for developing a new generation of multifunctional structures, the most revolutionary 
one appears to be “autonomic” systems that can sense, diagnose and respond to 
external stimuli with minimal intervention. One prominent example of autonomic 
response has been “self-healing” polymers and composites that mimic the autonomic 
repair process of biological systems in response to damage.  Ever since this novel 
concept was demonstrated barely twelve years ago, the worldwide support has allowed 
focusing extensive research efforts to the subject of autonomic structures in ever-
expanding scope.   For instance, the multidisciplinary research efforts have established 
the concepts of “micro-vascular composites for self-cooling or autonomic thermal 
management,” “neurological system inspired network for self-sensing and actuation,” 
“self-powered systems with structurally integrated energy harvesting and storage 
capabilities,” etc. Such structures would be able to attain each of specific functionalities, 
adapt to new situations, and perhaps reconfigure them to respond to a perceived threat 
or change of environment.  Dramatic improvement in system-level efficiency is expected 
to be achieved not only by designing multifunctional load-bearing structures with 
integrated functional properties but also by developing multifunctional composite 
materials that inherently possess the capacity to simultaneously meet the requirements 
for specific functionality as well as mechanical load carrying capability.  Our research 
vision is additionally inspired by the way in which nature uses stimuli‐responsive 
biomolecules to incorporate autonomic behavior in cellular systems. Noting the ability of 
cellular systems to communicate via charge and mass transport at cellular interfaces, 
the researchers try to create a new class of material systems that incorporate one or 
more internal networks of biomolecules whose transport properties can be controlled by 
external stimuli.  Each of the cited examples points the values of a truly autonomic 
system capable of multiple functions to survive its operating condition and environment 
for longer periods of time than the traditional structures can endure.   
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How Do Carbon Nanotube Fibers Gain Their Strength? 

Tsu‐Wei Chou 

Center for Composite Materials and Department of Mechanical Engineering University of Delaware, 

Newark, Delaware 19716, USA 

 

The potential of using CNTs in a continuous form would enable their adaptation to many well‐developed 

composites processing, characterization and micromechanics methodologies.  The current experimental 

and analytical research efforts provide fundamental understanding of the electromechanical behavior of 

CNT fibers and facilitate future optimal design of their performance in multifunctional composites. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 General Introduction 

The availability of automated tape layup (ATL) and 

automated fiber placement (AFP) machines has 

facilitated many advances in the automation of the 

manufacturing of composite structures. ACM of 

composite structures can provide many benefits such 

as increased speed of material deposition, good 

compaction of the laminate, reduction of wastage of 

materials, more precise control of the fiber 

orientation, better repeatability in the architecture of 

the materials, the ability to manufacture large 

structures, and the ability to make unique structures 

that are not possible by any of the current 

manufacturing techniques. Over the past few years, 

there have been increased activities on automated 

composites manufacturing in many centers around 

the world. The first international symposium on 

automated composites manufacturing (Montreal 

April 11-12, 2013) provided a snap shot of many of 

these activities. This paper provides a summary of 

the work presented at this symposium. The paper 

also presents a summary of the work on the 

development of a few unique structures at Concordia 

Center for Composites.   

2 Highlights of work presented at the First 

International Symposium on Automated Composites 

Manufacturing. 

One of the main reasons many composites 

manufacturers get into ACM is to increase the 

speed of materials deposition. While the rate of 

material deposition using Hand Lay Up is about 

2.5 lbs/hr, this rate is about 10 lbs/hr using 

either ATL or AFP. The rate varies depending 

on the type of machine, how many heads it has 

and how elaborate is the mechanism for 

deposition. While the speed of deposition is 

important, the ability of manufacture structures 

with complex geometry is also very relevant. To 

assist in the handling of the complex shapes,  

many organizations have specialized in the 

development of software for the simulation of 

the process.  There were also materials issues 

such as the ease or difficulty in slitting the 

prepregs, the effect of the tackiness of the 

thermoset prepregs on the manufacturing 

process, or the effect of  the quality of the 

thermoplastic preforms on the quality of the 

final part. The existence of laps and gaps in the 

manufacturing of complex structures such as 

cones, or due to the steering of fibers can have 

significant effect on the property of the final 

product. On the other hand, the steer-ability of 

the fibers can provide many benefits such as the 

augmentation of buckling properties of plates or 

cylinders made using the steered fibers. Laser 

heating has been introduced for the 

manufacturing of parts using thermoplastic 

composites. 

3 Comparison of the performance of laminates made 

using out of autoclave prepregs and ACM 

Some preliminary work on the use of ACM to 

process out-of-autoclave prepregs have been 

performed at Concordia. Four types of laminates 

were manufactured, all using out-of-autoclave 

prepregs. These types of laminates are: AFP 

+autoclave (pressure), AFP + Oven (vacuum 

only), Hand Lay UP + autoclave (pressure), 

Hand Lay Up + Oven (vacuum only).  

These laminates were then characterized for 

mechanical properties using the following tests: 

Tensile test along 0
o
 and 90

o
 directions, 

compression tests along 0
o
 direction, and in- 

plane shear test. 

 

It can be seen that samples made using AFP 

exhibit higher stiffness and strength than those 

made by HLU. This can be due to better 

compaction of the laminate during the 

RECENT DEVELOPMENTS ON AUTOMATED COMPOSITE 

MANUFACTURING (ACM) 

S. V. Hoa 
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deposition process. More information on this 

work can be found in reference 1. 

Figure 1: Comparison of tensile stress-strain curves 

for OOA samples made by AFP and HLU 

4. Fabrication of thermoplastic composite tubes. 

AFP has unique advantages over other techniques 

for the manufacturing of composite tube, particularly 

thermoplastic composite tubes. This is because the 

wrapping of composite fibers around a tube requires 

good  fiber tension to avoid wrinkling. The ability to 

heat and fuse the thermoplastic composite layers 

together allows the elimination of the second step in 

autoclave, such as required if thermoset composites 

were to be used.  The only drawback is the existence 

of a large amount of voids in the thermoplastic 

laminates, if improper processing conditions are 

used. Figure 2 shows a SEM image of the cross 

section of a tube with voids. The use of appropriate 

pressure and temperature is essential for the 

production of good quality laminates. Apart from the 

thermal and pressure management, the use of 

repeated passes can also provide structure of good 

quality.  Some work has been done at Concordia in 

this direction [2]. Figure 3 shows the SEM picture of 

a cross section of a tube made of thermoplastic 

composites using  different number of passes. 

It can be seen the number of passes can provide 

composite with very good quality. 

References: 

[1] Madhok K.S. and Hoa S.V. “Comparison of 

properties of laminates made by automated fiber 

placement process and hand layup process”, 

Proc. ICCM19, Montreal, Canada, 2013. 

[2] Mohamed I. El-Geuchy; “Bending behavior of 

thick-walled composite tubes”, Ph.D thesis, 

Concordia University, April 2013. 

 

 3 

Figure 2: SEM picture of a tube section made by 

thermoplastic composites and AFP (carbon/PEEK, 

825C, 40 lbf, 2.75 in/minute) 

 

(a) 

 

(b) 

Figure 3: SEM picture of a tube section made by 

thermoplastic composites and AFP (carbon/PEEK, 

850 C, 75 lbf, 2.75 in/minute) a) 1 pass, b) 3 passes 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction 

The use of advanced composite materials is 
accelerating world-wide due to cost and/or 
performance benefits vs. metals. The global 
composites industry is currently at $14B, and 
projected to reach $48B by 2020 [1]. At present, 
composite structures designers may choose from 
hundreds of different material systems and dozens of 
different manufacturing processes. However, despite 
the growth [1] and seemingly limitless potential of 
composites, many applications fail to penetrate 
TRL4 or TRL5 and get shelved before reaching 
market. As a result, structures remain sub-optimized 
despite sufficient technology maturity. 

 
1 Root Cause of the Issue 

1.1 Lack of broad awareness 

Due to the complex, dynamic, and multi-disciplinary 
nature of the field, there is a relative lack of 
knowledge within any single company spanning the 
materials and processes used within all industries. 
As a result, material and process down-select 
decisions are often made based on very limited 
consideration for alternative materials and processes. 
This inevitably results in the use of suboptimal 
materials and processes for many applications. 

1.2 Incapacity to estimate development cost 

During the critical early stages of product 
development, cost is poorly or not at all estimated. 
Non-recurring and recurring cost are key drivers in 
the commercial success of composite products, 
however PD teams are rarely capable of estimating 
estimate past TRL 4 or 5 during the trade study 
phase of early development. 

1.3 Lack of accessible source for composites data 

At present there does not exist a practical, accessible 
source for all publically available data on composite 
materials. The large OEMs have the internal 
resources and expertise to operate completely 
independently of external knowledge. Meanwhile, 
small companies struggle to develop certifiable 
structures due to the absences of publically available 
design data. CMH-17 is gradually making progress, 
however it contains only a very small subset of data 
of the spectrum of existing materials.  

2 Proposed Solutions to the Challenges 

Practical solutions to overcome these issues include: 

1. Create a single online source for all publically 
available composite material data, process 
specifications, and preliminary design values. 

2. Develop a comprehensive method to facilitate 
the optimization of cost and performance of new 
composite structures. Method will enable cross-
pollination between industries through a unified 
approach to compare different composite 
material/process configurations. 

3. Automate the routine yet time-consuming 
aspects of product development of composite 
structures which are often completely 
overlooked in the trade study and early TRL 
assessment phases, including estimation of all 
non-recurring through certification. 

3 Mechanisms for Achieving the Mission 

3.1 Create a “WikiComposite” 

The online repository would be a publically 
available database of materials properties, processes, 
analysis methods. It would be self-sustaining and 
updated by users (like Wikipedia). 

3.2 Composite Product Development Method 
(CPD) 

The proposed approach constitutes a method (CPD) 
for rapidly determine the ROM development cost 
(non-recurring) and unit production cost (recurring) 

PRACTICAL SOLUTIONS TO TRL BARRIERS IN THE 
DEVELOPMENT OF COMPOSITE APPLICATIONS 

D. Dequine 
Fiberforge Corporation, Glenwood Springs CO, USA,  
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of a composite part or assembly during the initial 
trade study evaluate phase. The overall approach is 
depicted below: 
 

 
Inputs include the definition of geometry (ex. solid 
laminate, hat stiffened, close-section), type of 
structure (Part 25, wind, marine, etc.) and 
environmental/performance requirements. The 
requirements are evaluated against a materials 
database (fibers, resins, laminates) and a process 
database (RTM, pre-prepreg, filament winding, etc.) 
to identify the most promising material/process 
candidate configurations. The process/material 
configurations are then costed against a 
certification/production database. The output non-
recurring costs include itemized testing costs 
(material allowables development, elements, 
components, PPV, FPQ), tooling costs, non-
recurring engineering, production planning and 
scale-up (including the process model), and capital 
expenditures. The recurring cost includes a 
breakdown of material, labor, and quality inspection. 
Finally, the business case summarizes the “dollars-
per-pound” and gross/net revenue as a function of 
anticipated production volumes. 

4 Benefits to Industry 

• Enables product development teams to rapidly 
evaluate the business case of new composite 
structural concepts through certification! 

• Establishes a consistent method for developing 
and iterating process models, test requirements, 
resource requirements, and technology 

development roadmaps. Can be used to identify 
cost sensitivities to changes in materials, 
processes, scope of testing, etc. 

4 Example of Product Development with C-ply 

C-ply’s unique characteristics of enabling 
unbalanced, shallow-angle laminates through the use 
of very thin bi-axial fabrics has the potential to 
radically decrease fabrication costs and increase 
structure efficiency in a multitude of applications 
[2]. 
 

 
Source: Chomarat [3] 

 
The CPD method would be used to rapidly evaluate 
the potential business case of C-ply for a multitude 
of potential applications. For example, C-ply is 
identified as a candidate for a UAV rotor blade D-
spar. CPD model evaluates the application of C-ply 
to the geometry of the rotor blade for the different 
applicable materials and processes, including 
CF/epoxy-VARTM, CF/epoxy-pre-preg pressure-
bladder molding, and CF/PEKK-SmartTooling 
(SMP). For each material/process configuration, 
CPD estimates the total program non-recurring 
costs, per unit production cost, dollars-per-pound, 
and the business case as a function of production 
volume. With the ROM business cases in hand, the 
company is now able to make an informed decision 
to move forward to the next TRL phase. As the new 
application moves up the TRL scale, the model and 
business case is continuously updated, enabling and 
increasing the pull that is needed from the business 
community and supply chain partners to transition to 
production. 

References: 

[1] Roberts, Tony, The Carbon Fibre Industry Worldwide 
2011-2020, November 2011, Pg. 1 

[2] Black, Sara; High-Performance Composites, Jan 
2013 “Bi-angle fabrics find first commercial 
application.” 12/31/2012. 
[3] http://www.chomarat.com 
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1 Background in Laminate Design 

Laminate design evolution through the years has 
been restricted to 4 ply angles of 0. ±45, 90, with 
mid-plane symmetry, balanced off-axis angle in ±45, 
and a trend to use thick plies to reduce the layup 
time.  A recent invention of bi-angle thin-ply non 
crimp fabric (NCF), with a trade-name C-Ply, offers 
values in laminate design and manufacturing beyond 
these traditional restrictions.  Significant weight and 
cost savings can be achieved from having stronger 
and delamination resistant laminates. 

2 C-Ply Fabric and Tape 

Chomarat, a French fabric supplier for over 100 
years, has developed a new class of NCF that has 2 
ply angles of high-quality thin plies (from 25 to 100 
gsm) with non-invasive stitching delivering custom-
engineered laminates with unusual values for 
performance and cost.  With epoxy prepreg, C-Ply 
with T700 fiber cured in vacuum bagging was found 
competitive with T800/epoxy cured by autoclave.  A 
conservative, practical first-ply-failure (FPF) 
criterion is recommended where micro cracking is 
not permitted.  Chomarat machine is also capable of 
making a range of shallow angles such as [0/22.5], 
[0/30], and so on. 
 

 
 

 

3 Increased CAI and Delamination Resistance 

With bi-angle C-Ply with shallow angles as the 
building block instead of the traditional all [0] fabric 
or prepreg, laminates with many angles can be 
made; e.g., [π/8] can be made with [0/22.5] tape with 
4 layup axes, and [π/6] with [0/30] using 3 layup 
axes.  Significant increased compression after 
impact (CAI) was found. 
 

 
 
In addition, the angle difference between adjacent 
plies is at 22.5 degrees for [π/8] laminates, and 30 
degrees for [π/6].  These smaller angles than the 
traditional [π/4] family that has 45 and 90 degrees in 
angle difference should make the C-Ply laminate 
more resistance to delamination.  In addition to 
many diversely spread fibers to disperse impact 
energy, thinner plies are intrinsically resistance to 
delamination as exhibited in the increased CAI 
above and examples of suppressed edge 
delamination found in literature. 

4 Homogenized Laminate 

Thin plies are more than anti delamination, they can 
make laminates more easily homogenized.  When a 
laminate is stacked with the same, repeated sub-
laminates, it is homogenized when the number of 
sub-laminates reach 16 (within a few percentage 
points for C-Ply).   There are two significant values 
from having homogenized laminates: 1) the 
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traditional mid-plane symmetry can be ignored.  A 
nonstop stacking is faster and less prone to error; 2) 
laminate profile by optimization is possible.  Weight 
savings of 50 percent over aluminum is easily 
achieved.  More importantly, stacking sequence can 
now be ignored.  Stacking sequence is not optimized 
because of its huge permutations; e.g., see those 
calculated by Jeremy Sanford of Spirit. 
 

 
 
5 Automated Tape Laying 

A combination of bi-angle and thin plies offered by 
C-Ply can have a direct impact on recurring cost of 
manufacturing.  The traditional 4-axis layup of the 
4-ply-angle laminate can be hastened by a factor of 
2.7 when C-Ply tape with 2 axis layup is used.  Such 
prediction and validation were found by Jim Hecht 
of MAG.  
 

 
 
6 Scissoring Tape 

C-Ply can also offer a family of angle-ply tapes such 
as [±22.5].  Depending on the fiber and matrix, the 
angle-ply tape can have Poisson ratio larger than 
unity.  Its scissoring capability can make the tape 
pliable to complex curvatures.  When laid up with 
helical angles, a circular cylinder with heads may be 
wound without wrinkle. 
 
 

 
 
7 Spiral Stacking 

For C-Ply with two angles it offers special values for 
complex laminates like [π/6], [π/8] and beyond with 
spiral stacking.  The resulting laminates are high in 
CAI and delamination resistant.  For fuselage skin, 
spiral stacking may offer a good solution with thin 
plies so a minimum gage can be designed and 
manufactured with desired CAI.  
 

 
 
8 Conclusions 
C-Ply offers design and manufacturing of 
composites structures many opportunities.  Through 
engineering, unique laminates can be explored.  The 
starting material can be carbon, glass and their 
hybrids.  The resin system can be thermoset or 
thermoplastic.  Ply thicknesses can be thick and thin 
to adjust to the need of structures.  C-Ply is not 
limited to 2 angles; e.g., a patent-pending 
herringbone tape can have 3 angles.  For this case, 1-
axis layup can be practical.  Then the reduction in 
recurring cost can be by one order of magnitude.  
Curing can be by vacuum bag or autoclave. 
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1 General Introduction 
 
Due to their interesting properties and 
applications, nanostructured materials are 
nowadays the object of one of the most 
outstanding lines of research. Concerning 
ceramics, it is well known that the presence of a 
nanometric microstructure is responsible for the 
enhancement of different properties, such as 
mechanical [1,2], catalytic [3,4] optical [5,6]. 
Numerous techniques have been developed to 
produce nanoparticles, among which the ones 
that are increasing in popularity are vapour-
phase synthesis (CVD [7,8], spray pyrolysis 
[9,10], laser pyrolysis [11,12]) or wet routes 
such as sol–gel [13,14]. 
 
This work is focused on ceramic-based 
nanocomposites formed by oxide ceramic 
matrices with well-dispersed metal and/or 
semiconductor nanoparticles are promising 
materials for structural and multifunctional 
applications [15]. A broad spectrum of synthesis 
techniques has been used with different 
ceramic/metal systems. Unfortunately, the use 
of nanosized powders involves dealing with the 
strong tendency of the nanoparticles to 
agglomerate. In order to avoid this negative 
effect, using wet processing routes of colloidal 
suspensions followed by a fast drying method 
has become one of the most active research 
areas in ceramics. In this context, the interest of 

this work is to synthesize highly homogeneous, 
pure and reproducible ceramic/metal 
nanocomposites with an average metal particle 
size in the nanometric range, obtained from 
powders spray-freezed and lyophilized. The 
cryochemical route proposed, followed by 
Spark Plasma Sintering (SPS) of the powders 
leads to compacts with excellent mechanical 
features. 
 
2 Experimental Methods 
 
2.1. Starting materials 
 
The following commercially available powders 
have been used as raw materials: (1) tetragonal 
zirconia polycrystals (3Y-TZP, 3 mol% Y2O3; 
TZ-3YE, Tosoh Corp.), with an average particle 
size of d50 = 0.26±0.05 microns and (2) nickel 
(II) nitrate hexahydrate (Merck, Germany, 
99.0% purity, Ni(NO3)2 · 6H2O). 
 
2.2. Synthesis 
 
Nickel nitrate salt powders were dispersed in 
distilled water by ultrasonic agitation in a 
suitable volume to achieve total dissolution. The 
ceramic powder was added in order to obtain 
zirconia/Ni composites with a metal content of 1 
vol% Ni, 2.5 vol% Ni and 3.5 vol% Ni. The 
corresponding samples have been denoted as 
LF1, LF2.5 and LF3.5, respectively.  
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The suspensions were milled for 24 hours with 
zirconia balls in order to get an homogeneous 
slurry. As the materials were prepared in 
distilled water in order to be subsequently 
lyophilized, the stability of the dispersions was 
specifically studied in aqueous media. Several 
suspensions with different wt.% solid content 
were prepared with different additions of an 
alkali-free organic polyelectrolyte as surfactant 
for different relative proportions of metal. The 
sedimentation behaviour of the water-based 
slurries was studied at room temperature in 
glass test tubes for times up to 24 h. Finally, the 
best homogeneity was reached by the 
suspensions with 70 wt.% solids and 1 wt.% 
surfactant. TEM studies made on selected 
samples corroborate these results. 
 
The mixture was sprayed over liquid nitrogen 
with an airbrush gun (Iwata Custom Micron SB 
airbrush, Iwata Medea, Inc., Portland, OR, 
USA) equipped with a 0.18 mm diameter 
nozzle. The frozen suspension was subsequently 
freeze-dried for 48 h in a lyophilizer (Cryodos-
50, IMA-TELSTAR, S.L., Barcelona, Spain) 
until completely dried. The temperature of the 
cold finger in this equipment is continuously set 
at -50± 2ºC. The freeze dryer shelf temperature 
and the chamber pressure during the entire 
process were +20±2ºC and 0.06±0.01 mbar, 
respectively. These conditions, according to the 
Phase Diagram of water, correspond to water 
vapor.  
 
The resulting powder was calcined at 600ºC for 
2 hours in air to obtain ZrO2/NiO powders [16]. 
Finally, the metal oxide was reduced to metallic 
nickel in a 90%Ar/10%H2 atmosphere at 500ºC 
for 2 h, obtaining a zirconia powder with metal 
nanoparticles adhered to the surface of the 
ceramic grains (zirconia/nNi).  
 
Subsequently, the different powders were spark 
plasma sintered (SPS, FCT Systeme GMBH, 
HPD 25, Germany) under the conditions 
1350ºC, 25 kN, 5 min in hydrogen atmosphere. 
 

 
Figure 1. X-ray diffractograms corresponding to 
the nanopowder with LF3.5 obtained at different 

stages of the processing route: (a) lyophilized 
3Y-TZP/Ni(NO3)2 6H2O, (b) calcined 3Y-

TZP/NiO, and (c) reduced 3Y-TZP/Ni. 
 
 
2.3. Characterization 
 
X-ray diffraction analysis of the nanopowders at 
different stages of the processing route was used 
for phase identification using Cu Ka radiation 
(XRD Bruker AXS D8 ADVANCE, with a 
SolX energy-dispersive detector).  
 
Further characterization of the samples was 
performed by transmission electron microscopy 
(TEM), high resolution TEM (HRTEM) and 
energy dispersive X-ray spectroscopy (EDX-
mapping) by using a field emission gun (FEG) 
TECNAI G2 F20 microscope operated at 200 
kV. In order to prepare the TEM samples, the 
ZrO2/Ni powder specimens were treated by 
sonicating in absolute ethanol for several 
minutes, and a few drops of the resulting 
suspension were deposited onto a holey-carbon 
film supported on a copper grid, which was 
subsequently dried. The samples were also used 
to determine the elemental content by EDX. 
 
The hardness was measured on 30 samples for 
each group (in terms of composition and drying 
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method) in a Vickers diamond microindenter 
(Leco 100-A Microindentation Hardness 
Testing System, USA) on surfaces of cross 
sections polished down to 1 micron, with an 
applied load of 0.9 kg (8.8 N) for 15 s. The 
hardness was determined according to the 
equation HV = 1.853P/d2, where P stands for 
the applied load (in N) and d stands for the  
diagonal length of the indentation (in mm). Pure 
zirconia was studied as control. 
 
3 Results and Discussion 
 
3.1. X-ray diffraction 
 
Figure 1 shows the X-ray diffractograms of 
sample LF3.5 in the range 10º–70º obtained at 
different stages of the processing route. The 
results confirm that products at the first stage 
consisted only of zirconia and nickel nitrate 
with no presence of any other phases (Figure 
1a). After calcination, the nickel nitrate was 
oxidized into NiO (Figure 1b). No presence of 
either nickel nitrate or nickel oxide was detected 
in the final powder, which consisted only of 
zirconia/nNi (Figure 1c). The same results were 
obtained for the other two compositions (LF1 
and LF2.5). 
 
3.2. Transmission electron microscopy 
(TEM) 
 
A representative TEM-EDX spectrum is shown 
in Figure 2. In the spectrum, it is possible to 
discern clearly the presence of Zr, O and Ni 
peaks. The C and Cu peaks are due to the TEM 
holey carbon-Cu grid.  
 
Figure 3 shows a typical HRTEM micrograph of 
size and distribution of Ni nanoparticles. The 
metal particles obtained are in the nanometer 
range and appear homogeneously and well 
dispersed on the zirconia surface. 
 
More than 100 particles from all over the 
sample were measured to determine the Ni 
particle size distribution for each composition. 
As shown in Figure 3, the mean size of the 
nickel nanoparticles increases with the Ni 

content. In the sample with 1 vol% Ni the 
particle size distribution is narrow and centred 
around 16–19 nm. Samples prepared with 2.5 
and 3.5 vol% Ni present a broader distribution, 
between 20–30 nm and 22–42 nm. In all cases, 
the nanoparticles average size is lower than 35 
nm. 
 

 
 

Figure 2. TEM-EDX spectrum of LF3.5 sample. 
 
 

The results of the method described have been 
compared with those of samples dried in 
furnace. For both methods, the mechanical 
performance of the materials is excellent.  
 
 
 

 
Figure 3. Nickel nanoparticles mean size in 
ZrO2/Ni powders obtained by lyophilization 

(LF) and by drying in furnace (T). 
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3.3. HRTEM characterization 
 
3.3.1. Ceramic submicron particles 
 
A closer view of the nanostructure of the ZrO2 
matrix after deposition of the Ni nanoparticles 
with different content of Ni was carried out by 
HRTEM (Figure 4). It has been observed the 
clear lattice spacing indicating that the 
nanoparticles are highly crystallized with an 
interplanar spacing of 2.62 A˚, corresponding to 
the (002) planes of ZrO2; the spacing of 2.55 A˚ 
between adjacent lattice planes corresponds to 
the (110) planes of ZrO2; another interplanar 
distance of 1.82 A˚ corresponds to (112) planes 
of ZrO2.  
 
Fast Fourier Transform (FFT) pattern of 
selected zones clearly illustrates the 
monocrystalline structure which could be 
indexed by a tetragonal phase, space group 
P42/nmc (137) in [–110] zone axis ZA (JCPDS: 
83–113). Similar features were observed for 
other samples with different contents of Ni. 
 
3.3.2. Nickel nanoparticles 
 
Figure 5A presents a high resolution TEM 
micrograph of the 3Y-TZP/Ni powder with 2.5 
vol% Ni, showing the Ni nanoparticles 
identified by EDX mapping. High resolution 
TEM image and the FFT pattern of the selected 
zone are presented in Figure 5B and Figure 5C. 
The Ni nanoparticles appear as discrete, uniform 
and crystalline with a size around 20 nm. The 
Ni nanoparticles show a well defined lattice 
spacing of 2.05 A˚, corresponding to the (111) 
planes of face-centred cubic phase of Ni, space 
group Fm3m (225) (JCPDS: 4-850).  
 
In all cases, these powders present an accurate 
composition, homogeneity and a good 
dispersion of metal. Likewise, the Ni 
nanoparticles are firmly attached to the zirconia 
particles, avoiding their coalescence, with an 
interface ordered, very neat, showing that the Ni 
nanoparticles have grown epitaxially on the 
surface of zirconia. 

 

 
Figure 4. (A) HRTEM micrograph 

corresponding to LF2.5. (B) Fast Fourier 
Transform pattern of the selected area. 

 
3.3.3. Ceramic/metal interface 
 
Further structural characterization of the 
powders was carried out using HRTEM to study 
the nature of the interface between the Ni 
nanoparticles and the zirconia matrix. Figure 6 
illustrates a representative micrograph. The 
interface is ordered, very neat, showing that the 
Ni nanoparticles have grown epitaxially on the 
surface of zirconia. This effect has already been 
observed in samples obtained by a different 
drying method [17].  
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Figure 5. (A) HRTEM micrograph of the 3Y-
TZP/Ni powder with 2.5 vol% Ni showing the 
Ni nanoparticles identified by EDX mapping. 

(B) Detail of Ni nanoparticle and the 
corresponding index assignment. (C) FFT 

pattern of a Ni nanoparticle. 
 
 
The origin of such a good degree of epitaxy in 
3Y-TZP/Ni nanocomposites can be due to two 
reasons: (i) a very good lattice matching 
between ZrO2 and nickel and (ii) the 
‘‘evaporation–condensation’’ grain growth 
mechanism present in metallic nanoparticles. 

The combined effect of these factors produces a 
real epitaxial growth of Ni crystals on ZrO2 
submicron grains. This feature is positive as, 
theoretically, it may lead to excellent 
mechanical properties in the corresponding 
sintered materials. Therefore, the future work 
will be focused on investigating different 
sintering routes and, subsequently, the features 
of the dense materials [18]. 
 
 

 
Figure 6. HRTEM micrograph of Ni 

nanoparticle epitaxially grown on the surface of 
zirconia submicron particle. The interface 

between both particles presents an excellent 
matching of atomic planes. 

 
 
3.4. Mechanical characterization 
 
As expected by taking into account other works 
[16], the presence of Ni nanoparticles increases 
the hardness respect to the value of pure 
zirconia. For both methods, the mechanical 
performance of the materials is excellent. The 
highest increase is 30% with respect to the 
hardness of pure zirconia, and corresponds to 
the composites with a metal content of 1 vol.% 
Nickel (Figure 7).  There is no contradiction of 
these results with those presented elsewhere, 
where the maximum was found for samples 
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with 2,5 vol. % Ni, because in the present study 
the range of composition is much more narrow 
and, therefore, easier to reach a more accurate 
result. The hardness of the sintered materials is 
similar for both methods, as the size of the Ni 
nanoparticles was similar in the original 
composite powders. 
 

 
Figure 7. Vickers hardness of ZrO2/Ni 

nanocomposites obtained by lyophilization (LF) 
and by drying in furnace (T) for increasing 

volume contents of Ni. The value corresponding 
to pure zirconia has been plotted for comparison 

purposes. 
 
 
4 Conclusions 
 
This work demonstrates that combining spray-
freezing with lyophilization is a feasible 
technique for preparing high-quality 
ceramic/metal nanostructured powders that lead 
to compacts with excellent nanostructures and 
mechanical features. 
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1 General Introduction  
Fiber reinforced polymers have emerged as a major 
class of structural materials and are either used or 
being considered for use as substitution for metals in 
many weight-critical components in aerospace, 
automotive, and other industries [1].  

In the specific case of aerospace industry, the 
materials used must meet additional requirements 
such as dimensional stability, high stiffness and high 
temperature resistance. Fire resistance and ablative 
composites are used in nozzle turbine construction 
and other components of rockets and airplane 
engines, exposed to very high temperatures. 
Phenolic resin/Carbon fiber reinforced composites 
are indicated for these applications due to its high 
mechanical and thermal performance. Phenolic 
resins (in particular the resol type) are obtained 
when the reaction between phenol and formaldehyde 
is carried out in basic conditions and with 
formaldehyde excess. One of the most important 
properties of these resins is their excellent flame and 
high temperatures resistance, which is due to the 
formation of a carbonaceous layer called “char” that 
radiates heat and acts as an insulating material, 
protecting the bulk material of the components [2]. 
Nowadays phenolic resins are used in thermal 
protection systems, molding compounds, wood 
products, coatings, and different types of composite 
materials [3]. Regarding carbon fibers, they have 
been widely used as reinforcement in composites for 
thermal protection due to its high dimensional 
stability, non-flammability, low density and 
excellent mechanical properties [4]. Composite 
materials based on phenolic resins and carbon fibers 
have being used for NASA as standard material for 
high temperature applications (MX-4926). This 
material has also micron-sized powdered fillers in 
the formulation, which is added in order to stabilize 
the charred polymer that can be mechanically 
removed by the friction action caused by the 

atmospheric gases during the combustion. Particles 
based on glass, refractory oxides, carbon or mineral 
asbestos are typically used. But traditional micron-
sized ablation composites have shown a threshold in 
their protection capacity that cannot be surpassed 
unless a different approach is proposed. One of the 
limitations comes from the fact that chars are 
structurally weak and suffer mechanical erosion, 
reducing the lifetime of the ablative layer or 
requiring additional insulation thickness. Also, the 
composite-like nature of these ablatives severely 
limits their processibility and requires them to be 
pattern cut, and laid into place by hand [5]. Materials 
with better ablative properties would permit 
applying relatively thinner protection layers, 
reducing the overall weight of aerospace systems. 
Thermoset polymer nanocomposites have excellent 
potential as ablative materials because upon 
pyrolysis, the organic–inorganic nanostructure 
reinforcing the polymer can be converted into a 
uniform ceramic layer which may lead to 
significantly increased resistance to oxidation and 
mechanical erosion compared to traditional 
composite ablative materials [6]. Different 
nanoparticles have in used with phenolic resins in 
order to enhance its ablation and thermal resistance. 
Srikanth et al. [7] added nanosilica particles to 
carbon-phenolic composites and obtained much 
higher ablation resistance than conventional carbon-
phenolic materials under similar conditions. They 
attributed this behavior to the reaction of the 
nanosilica with char at high-temperature, forming 
ablation resistant silicon carbide phase. Natali et al. 
[8] studied the ablative properties of highly loaded 
carbon black and MWCNT/phenolic composites. 
They found that MWNT-based system showed a thin 
charred region whilst the Carbon black system was 
characterized by a thick and wide pyrolyzed zone, 
which effectively shielded the virgin material. Also 
nano-layered silicates have being used in phenolic-
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carbon composites to improve its thermal properties. 
Koo et al. [9] made carbon/phenolic composites with 
different clay loads (2.5, 5 and 7.5%). It was found 
that only high loaded materials (7.5% of nanoclays) 
produced a reduction in erosion rate, the surface 
temperature and in the maximum backside heat-
soaked temperature rise. When comparing different 
nanoparticles, nanoclays have the advantage of 
being cheaper, abundant, and relatively easy to 
modify chemically in order to make them more 
compatible with the polymer matrix.  
Regarding the processing techniques, in aerospace 
applications, besides thermal resistance, is important 
to have high mechanical performance. The 
manufacturing technique that ensures the best 
mechanical properties is the autoclave processing, 
which allows obtaining composite with low porosity 
and high fiber content [10]. The raw materials for 
processing by autoclave are prepregs, which 
facilitate placing resin and fibers in the necessary 
amount in the mold. Therefore, if a new ablative 
material is developed, is important to know how 
prepregs manufacturing and application are affected 
by the presence of nanoclays. But in the scientific 
literature, few works can be found addressing the 
issue of prepregs obtaining process and its main 
variables [11, 12].  
The aim of this work is to obtain and to characterize 
phenolic resin/carbon fiber- prepregs and its 
composites, which can be used in the aerospace 
industry. Nanoclays (bentonites) were chemically 
modified and added to phenolic resin in order to 
evaluate their effect on the performance of the 
material. Cone calorimeter fire properties of the 
composites were studied.  

2 Materials and Methods  
2.1 Materials  

The resol-type phenolic resin was prepared using 
formaldehyde: phenol molar ratio equal to 1:3 [3] 
under basic conditions. Phenol and formaldehyde 
water solution (37 wt.%) was placed in a 1 l stainless 
steel reactor with a low velocity stirrer, a 
thermometer and reflux condenser. The pH was kept 
at 9.0 with a solution of sodium hydroxide (NaOH) 
40 wt.% and the mixture was allowed to react for 2 h 
at 90 ºC. After that, the mixture was neutralized with 
a solution of boric acid until the pH reached a value 
of 6.8-7.0. The dehydration of the resol was 
performed in a rotary evaporator by vacuum at 75 ºC. 

The obtained resin was kept at -10 ºC until it was 
used. Phenol and formaldehyde used for the 
synthesis were supplied by Cicarelli. Modified 
phenolic resin was obtained by adding 5 % w/w of 
ammonium modified bentonite to the original resol; 
the method used to modify the clay, by cation 
exchange reaction, is explained elsewhere [13]. 
Bentonite was supplied by Minarmco S.A. Carbon 
fiber fabric (Toray T700SC-12000), supplied by 
Yixing Huaheng High Performance Fiber Textile 
CO, was used as reinforcement.   

2.2 Resin and clay characterization 

Curing Kinetics. Fourier Transform Infrared (FTIR) 
spectra of the resol were obtained in transmission 
mode using a Nicolet 6700 spectrometer, in the 
range of 600 to 4000 cm-1. The spectra was 
normalized using the band at 1595 cm-1, 
corresponding to the stretching C=C of the benzene 
ring that was expected to remain constant in all the 
samples.  
Viscosity measurements. Measurements were 
performed in a Brookfield cone and plate viscometer 
HBTDV-IICP at room temperature. 
Gel Time. Measurements were performed with test 
tubes in a controlled temperature bath at 80, 100 and 
120 ºC. 
Clay characterization. X Ray Diffraction (XRD) 
spectra were obtained in a Panalytical X´PERT PRO 
spectrometer, with CuKα (λ=1.5406 Å) radiation at 
room temperature. The generator voltage was 40 kV 
and the current was 40 mA. Thermogravimetric tests 
were carried out in a TGA-DTGA Shimadzu 50, 
from room temperature to 1000 °C at a heating rate 
of 10 ºC/min in nitrogen atmosphere. 

2.3 Prepregs and composite preparation 

Phenolic resin-unidirectional stitched carbon fiber 
prepregs (PC), and phenolic resin with 5 wt.% of 
bentonite-unidirectional stitched carbon fiber 
prepregs (PBC) were obtained for composite 
preparation. Prepregs were obtained by vacuum bag 
molding  which consists in six steps: mold 
preparation, fabric cutting, impregnation, bag 
application, curing and demolding.First, the mold 
was cleaned and a release agent (REN RP79-2) was 
applied in order to facilitate the demolding step. The 
release agent is needed due to the fact that the 
prepreg usually adhere to the mold after curing. 
Then, the fibers, bleeder fabric, release film and the 
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vacuum bag were cut. Once all materials were 
prepared, the carbon fabric was manually 
impregnated with phenolic resin. After the 
impregnation, the release film and the bleeder fabric 
were placed over the fibers and then the vacuum bag 
was sealed along the perimeter of the fabric area. 
The curing took place in oven for 4 h at 80 ºC. The 
vacuum was applied during the first 2 hours. 

Composite materials were obtained by compression 
molding of prepregs in a heated press. Laminates 
were cut in 10 cm x12 cm rectangles, and staked in 
the same direction into a steel mold with release 
agent. The thermal curing cycle was: 15 min at 45ºC, 
1 h at 60ºC, 4 h at 80ºC, 1 h at 110ºC, 1 h at 150ºC 
and 2 h at 190ºC. 1 Ton of pressure was applied 
throughout the cycle. 

2.4 Prepregs and composite characterization 
- Prepregs flexural rigidity tests: Tests were 
performed at room temperature in a universal testing 
machine Instron 4467, according to ASTM D1388, 
procedure A. 
- Prepreg tack testing: Prepregs tack was measured 
at room temperature according to ASTM D3167 
standard, in a universal testing machine Instron 
4467. 
- Composites flexural properties: Tests were 
performed in a universal testing machine Instron 
4467 with a 30 kN load cell, according to ASTM 
D790 standard.  
- Composites fire resistance: Composite materials 
were tested in a Fire Testing Technology cone 
calorimeter with ConeCalc software. The heat 
release rate (HRR), total heat release (THR), time to 
ignition and time of the HRR peak were obtained 
according to ASTM E1354. The samples were tested 
in horizontal configuration. The radiant heat flux 
was 50 kW/m2; the specimen has an exposed surface 
area of 0.010 m2 (100 mm x 100 mm). The thickness 
of the specimen was 4 mm approximately.  

3 Results 
3.1. Charaterization of modified clay 
Figure 1 shows the original and modified bentonite 
XRD spectra with their respective interlaminar 
spacing. It can be observed that modified bentonite 
presents a displacement of the 001 peak to a lower 
angle of incidence and, therefore, an increase in the 
interlayer distance as compared to the original clay. 

Furthermore it can be seen a single diffraction peak, 
which indicates a uniform spacing.  
Regarding to thermogravimetric test, the mass loss 
curve as a function of temperature and DTG curve 
(Figure 2) of the unmodified bentonite show two 
thermal degradation transitions: a) the surface 
adsorbed water which volatilizes at low 
temperatures and b) crystallization water which does 
at higher temperatures. In the case of modified 
bentonites, in general four regions of mass loss can 
be distinguished: a) the evolution of water and 
gaseous species physically adsorbed (below 150 ºC); 
b) the organic substances decomposition (between 
150 and 550 °C), c) the dehydroxylation of the 
bentonite by loss of structural water (between 550 
and 750 ºC) and d) the evolution of organic 
carbonaceous products (between 700 and 800 ºC). 
Both results demonstrated that the clay was 
successfully modified and that its interlaminar space 
was expanded and, observing the disappearance of 
water peak, that the modified bentonite is more 
hydrophobic than the original one. 
Ones modified bentonite was obtained, it was added 
to the resin in a proportion of 5 wt.%. The resin was 
previously dehydrated during different times until a 
viscosity that facilitates the clay dispersion was 
achieved (1100 cP). Clay was added gradually with 
continuous stirring, and after obtaining a 
homogeneous mixture it was sonicated for 30 
minutes in an ultrasonic bath to ensure a good 
dispersion.  
The FTIR spectra of matrix obtained at different 
temperatures were analyzed based on the methylene 
bridges bands, appearing at 1456 and 1473 cm-1, for 
the “para – para” and “ortho-para” bridges 
respectively. The maximum of the reaction was 
reached after 20 minutes at 190 ºC.  With this data 
and the spectrum obtained after 4 h at 80 ºC, it was 
concluded that prepregs obtained has 35% 
conversion, as it can be seen in Figure 3. The resin 
kinetics characterization was made by using Eq. 1 
for the spectra obtained after a dynamic test, and Eq. 
2 for the spectra obtained after a constant 
temperature (isothermal) test. 
 

αT = H T / H máx                                      (2) 
 
were, αT is conversion to a certain temperature, H T is 
peak height and  H máx  is the maximum peak height. 

ICCM19 50



 
αt = (H T,t / H T t=0)* αmáx. T        (3) 

 
were αt is conversion to a certain time, H T,t is peak 
height at a certain time, H T t=0 is peak height at 
initial time, and αmáx.T   is conversion obtained by Eq. 
1. Gel times obtained for unmodified and modified 
phenolic resin as a function of temperature are 
presented in Table 1. It can be observed that 
phenolic resin does not reach the gel time during the 
first 4 h at 80ºC, this is the reason why processing 
cycle (temperature and time) used was selected.   
Figure 4 shows the obtained prepregs; their 
dimensions were 45 cm x 35 cm. The properties of 
the obtained in the characterization tests are 
summarized in Table 2. It can be seen that the only 
property that was significantly affected by nanoclays 
incorporation is the degree of tack. Certain tack is 
required to facilitate the placement of the layers 
before autoclave processing, but it should not be too 
high so that when a ply is misplaced during the lay-
up process it cannot be readily relocated. The tack of 
unmodified prepregs could not be measured because 
they did not adhere to the device that was used for 
the measurement. The tack of modified prepregs was 
in the order of commercial prepregs, and the 
increase in its value is attributed to the increasing 
viscosity of the matrix, caused by the addition of 
clay to resin.  
Physical and mechanical properties of composites 
manufactured with the prepregs are summarized in 
Table 3. The modified composite material showed 
significant lower resistance and modulus. The drop 
of the mechanical properties when adding nanoclays 
to the phenolic resin can be explained by the lower 
fiber content that is achieved during composite 
manufacturing. The difference in the final fiber 
content is due to the higher viscosity of the modified 
phenolic resin, which reduces the resin extraction of 
the bleeder during the processing. The obtained 
values for the unmodified phenolic composite are in 
the range of values that can be obtained for typical 
epoxy-carbon composites (“Ref” in Table 2, [14]) 
In terms of fire resistance, characteristic times are 
presented in Figure 5. Longer ignition times (tig) 
and shorter flame duration (t flame) are desirable for 
improving the fire performance of the materials. 
Also, it is better to delay the time for which the 
maximum heat release rate is achieved (tHRR). It 

can be seen that both phenolic composites have 
longer ignition times that a carbon-epoxy composite 
used as reference [15]. At the same time, the 
addition of bentonite increased the flame duration 
but had a positive effect by increasing the time of 
HRR peak of the phenolic composites. 
Regarding the heat parameters, it can be observed in 
Figure 6 that HRR peak is lower for the bentonite 
modified composite, than for the original one. 
Higher values of the HRR peak are detrimental for 
the fire performance, since it is an indication of 
higher velocities of fire spreading. The peak of HRR 
was much lower than the observed for traditional 
epoxy-carbon composites. Also, the total heat 
evolved (THR) during the combustion was 
considerably lower for the phenolic composites 
(Table 4). Another important parameter is the 
residual mass of the composites after fire. In general, 
higher residual mass is an indication of better 
mechanical integrity of the burned materials. 
Phenolic composites showed residual mass higher 
than 80%. If the fiber content is considered (82% for 
PC and 73% for PBC), the amount of residual mass 
corresponding to the matrix is higher in the 
bentonite modified composite. It is believed that the 
clay promotes the formation of a char that insulates 
the material, preventing the total burning of the 
composite. Figure 7 shows the samples during and 
after cone calorimeter tests. It can be seen that in 
samples without clay (in the left) the aluminum foil 
that is putted in the back side of the samples was 
melted, but it remained intact in the composite 
modified with bentonite. That behavior is related to 
the stabilization of the insulation layer by the 
nanoclay particles in the matrix.  
Parameters related to smoke emission worse with the 
addition of bentonite to the polymer matrix, as 
shown in Table 5. Nevertheless, these parameters are 
important in the case of materials used in the 
construction industry or for structural parts of the 
fuselage in commercial aircrafts, but not for 
composites used in rockets or plane turbines. 
 
 
4 Conclusions 
Phenolic resin-carbon fiber prepregs could be 
obtained and characterized. Also, the effect to 
adding nanoclays to the phenolic resin was studied.  
The degree of tack was increased with the addition 
of bentonite and the fiber volume fraction achieved 
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in the final composite was reduced. These effects 
were attributed to the increase in the viscosity of the 
phenolic resin.  
Regarding the composite materials, the addition of 
clay was detrimental for the mechanical properties 
of the phenolic based materials, while improved 
some fire properties such as the peak of the heat 
release rate and the residual mass of the burned 
samples.  Also, the bentonite modified composited 
required higher time to develop the maximum of the 
Heat Release Rate in the material.  
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6 Figures and Tables 

 
Fig.1 - XRD spectra of modified and unmodified 
bentonite                             
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Fig. 2 – TGA and DTG curves of modified and 
unmodified bentonite                             
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Fig. 3-a) conversion vs. temperature, and b) 
conversion vs. time obtained curves. 
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Fig. 4. Photograph of a) unmodified preperg and b) 
modified prepreg. 

 

 
 
 

Fig. 5. Characteristic times of different materials 
under fire. 
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Fig. 6. HRR evolution as a function of time for the 
two materials studied  
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Fig. 7. Samples during and after cone calorimeter 
tests  

 

 

 
 
 
 

Tab. 1. Gel time of original and modified phenolic 
resin as a function of temperature 

Temperature 
(ºC) 

Phenolic resin 
gel time 

Modified 
Phenolic resin gel 

time 
80 More than 4 h More than 4 h 

100 2 h 57 min 2 h 5 min 
120 41 min 34  min 

 
 
Tab. 2. Prepregs fiber content and density 

Property Unmodified 
Prepregs 

Modified 
Prepregs 

Density (g/ml) 1.01 + 0,19 1.26 + 0.10 
Fiber content 
(volume %) 

43 + 8      45 + 4 

Stiffness (mJ/m) 18.5 + 6,0 13.8 + 2.8 
Tack (N/m) - 4.4 + 0.79   
 
 
 
Tab. 3. Flexural test results 
Property PC PBC 
Fiber content (vol %) 82±1 73±4 
Density 1.60 ± 0.04 1.70 ± 0.02 
Flexural modulus 
(GPa) 130±7 104±6 

Flexural Streght 
(GPa) 

1.0±0.7 0.68±0.09 
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Tab. 4. Cone calorimeter results 
Property PC PBC Ref 
pHRR (kW/m2) 111.0   86.1 347.0 
THR (MJ/m2) 16.7 15.9 26.2 
Residue (%) 88.2 83.8 72.8 
 

 
Tab. 5. Total smoke production and smoke            
production rate for both materials. 
Material TSP (m2) SPR (m2/s) 
PC 0.9 0.0017 
PBC 2.4 0.0040 

 
 

ICCM19 55



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction  

 

The use of wood-based materials, such as wood 

flour and wood fibers, as reinforcing fillers for 

thermoplastics attracted a number of researchers and 

manufacturers during the last decade [1]. Indeed, the 

addition of wood flour as renewable natural filler in 

polymer composites aims to produce a unique 

combination of high performance, great versatility, 

light weight, recyclability, biodegradability and 

processing advantages at favourable cost [2,3].  

 

Extrusion, injection and compression mouldings are 

the classical techniques for the processing of wood 

plastics composites [4]. However, the use of high 

processing temperatures coupled with intensive 

shear rates often result in degradation, which affects 

to some extent the performance of the materials [5].  

 

Knowledge of microstructural changes arising from 

reprocessing of polymer composites is needed in 

order to find appropriate and useful applications of 

these materials and to evaluate their recycling 

potential [6].  

Although a significant research work on the 

reprocessing of the most common polymers, 

including commodity polymers, engineering 

plastics, and composites is provided in literature, 

studies on reprocessing of wood composites based 

EVA copolymer are rather scarce [7].  

 

Therefore, the paper is aimed to investigate the 

extent to which EVA copolymer/olive husk flour 

(OHF) composite materials are reprocessable in a 

single screw extruder in the absence and presence of 

ethylene/butyl acrylate/glycidyl methacrylate 

(EBAGMA) terpolymer used as compatibilizer.  

 

 

The degradation induced by the recycling processes 

was evaluated through changes in molecular 

structure, morphology and tensile properties. The 

amount of the compatibilizer added to the 

composites was fixed at  10 phr of the  total  mixture 

of EVA/OHF: 70/30 w/w. 

 

 

2 Experimental Part 

 

2.1 Materials Used  

 

EVA copolymer used as the composite matrix was 

produced by Arkema (France) and commercialized 

under the grade name Evatane ®2805. It contains 

18% vinyl acetate (VA) and it has a density of 0.939 

g/cm
3
, a melting point of 89°C, and a melt flow 

index of 1.5 g/10 min.  

 

The wood flour (WF) was extracted from olive tree 

originating from the region of Bejaia in Kabylia 

(Algeria). The wood particle shape is spherical with 

a maximum average diameter of 63 µm. The major 

constituents and the chemical composition of the 

wood flour were determined on the basis of 

absolutely dry substances using chemical 

procedures, i.e. cellulose = 58.34 wt. %, 

hemicelluloses = 17.20 wt. %, lignin = 23.92 wt. %, 

and mineral filler = 0.54 wt. %. The moisture 

content of the filler was = 6.20 wt. %.   

 

The compatibilizer used was EBAGMA kindly 

supplied by DuPont (Belgium) under the trade name 

Elvaloy PTW.  

 

2.2 Sample Preparation  

EFFECT OF REPROCESSING CYCLES ON MORPHOLOGY 

AND PROPERTIES OF ETHYLENE VINYL ACETATE (EVA) 

COPOLYMER/OLIVE HUSK FLOUR COMPOSITES  
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Prior to blending, the WF was dried in an oven for 

24 h at 105°C. Then the composites EVA/OHF were 

compounded with and without EBAGMA. Initially, 

compounding was carried out in a calendaring unit 

equipped with two-roll mill to produce films of 

almost 200 microns of thickness. The melt 

temperature was kept at 120°C and the mixing speed 

was 30 rpm. These milled composites were cooled 

by air and grinded. The objective of this processing 

step was to obtain an initial homogenization of the 

wood flour in EVA matrix. The granules were also 

dried at 105°C for 24 hours before extrusion. Both 

the pure EVA matrix and the composite materials 

were subjected to five successive mixing cycles 

using a Controlab-20D single screw extruder having 

an L/D ratio of 20. The barrel temperatures were 

chosen as 90, 110 and 130°C. The screw speed was 

30 rpm. For each reprocessing cycle, samples was 

then extracted from the extruder and then 

compression moulded into plaques of 20 x 20 x 0.2 

cm
3 
from which test samples were cut. 

 

2.3 Characterization Techniques 

 

FT-IR analyses were done on a Shimadzu 8400M 

FT-IR spectrometer. The film samples were scanned 

in the region 600-4000 cm
-1

 at a resolution of 2 cm
-1

 

and 40 accumulations. 

 

The mechanical behavior of EVA/OHF composites 

was analyzed by using a Zwick/Roell testing 

machine in tensile mode, with a load cell of 100 N 

capacity. Tensile tests were performed at a 

crosshead speed of 5 mm/min. Five measurements 

were conducted for each sample, and the results 

were averaged to obtain a mean value.  

 

Scanning electron microscopy (SEM) was 

performed to investigate the morphology of 

EVA/OHF composites using a Quanta 200 

instrument operating in environmental mode.  

 

Water absorption was determined by measuring the 

difference from the weight at the initial time of the 

test and the constant final weight of the sample 

according to the following procedure: the specimen 

dimensions for water absorption experiments were 

10×10×3 mm. 

A minimum of three samples were tested for each 

material. Samples were first dried overnight at 70°C. 

They were subsequently cooled in a desiccator at 

ambient temperature and weighted using a four-

digital balance. Then, the samples were immersed in 

distilled water, pH = 6 and 25°C. After 24 hours, the 

samples were removed and blotted to eliminate the 

excess water on the surface. After weighting, the 

water uptake (WA) of the samples was calculated 

using  Equation (1) [8]: 

 

                  WU (%) = [(M1 – M0)/M0] x 100       (1) 

 

where M0 and M1 are the weights of the sample in 

mg before and after immersion in distilled water, 

respectively. 

 

 

3. Results and Discussion 

 

3.1 Fourier transform infrared (FT-IR) analysis 

 

The structural changes induced by the repeated 

extrusion cycles on EVA/OHF composites in the 

absence and presence of EBAGMA compatibilizer 

were investigated by FTIR spectroscopy. In Fig.1-a, 

FT-IR spectra of neat EVA, are presented in the 

range 3400-1600 cm
-1

 after 1, 3 and 5 extrusion 

cycles. From Fig.1-a, it is clearly observed a 

superposition of all spectra indicating that no change 

in the chemical structure has occurred in the 

samples. This also means that EVA copolymer is 

chemically stable material after 5 extrusion cycles. 

Indeed, this behaviour is expected regarding the fact 

that polyolefins are generally known to be thermally 

stable. However, in Fig.1-b, which shows FT-IR 

spectra of neat EVA recorded in the range 1200-800 

cm-1, a slight increase in the absorption band 

intensity at λmax = 1023 cm
-1

 is noticed from the third 

cycle. This absorption band is generally attributed to 

the asymmetric stretching vibrations of ether groups 

(C-O-C) [9,10]. Under certain conditions, ether 

groups may initiate cross-linking reactions.  

 

Fig.2 shows FT-IR spectra of virgin and 

compatibilized EVA/OHF composites recorded in 

the range 4000-800 cm
-1 

after 1 and 5 extrusion 

cycles compared with neat EVA. All spectra  

indicate that no noticeable changes  have occurred in 

both virgin and compatibilized composite samples 

up to 5 extrusion cycles suggesting a good stability 

of the composite materials. This could be also due to 
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the presence of lignin in OHF acting as a thermal 

antioxidant by trapping the free radicals formed 

during the repeated extrusion cycles [11].  
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Fig. 1. FTIR spectra of neat EVA copolymer after 1, 3 

and 5 extrusion cycles recorded in the regions: (a): 3400-
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Fig. 2. FTIR spectra of  neat EVA, EVA/OHF and 

EVA/OHF/EBAGMA composites after 1 and 5 extrusion 

cycles recorded in the range of 4000-800 cm
-1

.  

 

3.2. Morphological analysis by scanning electron 

microscopy (SEM)  

 

Fig. 3-a shows the SEM micrograph of fractured 

surface of EVA/OHF composite sample after 1 

extrusion cycle. From Fig. 3-a, it is observed  the 

presence of OHF aggregates randomly dispersed in 

the polymer matrix. Further, some microvoids and 

cracks are also apparent on the surface. This 

morphology is somewhat expected due to the 

incompatibility between the filler and the matrix.   

 

On the other hand, Fig. 3-b,c,d and e shows the 

fractured surface of EVA/OHF composites after 2, 3, 

4 and 5 extrusion cycles, respectively. The 

morphological analysis indicates clearly that the 

number of microvoids, as well as the size of OHF 

aggregates have decreased with increasing the 

number of extrusion cycles, thus suggesting a better 

dispersion of the filler in the polymer.  

 

The compatibilization effect of EBAGMA in 

EVA/OHF composites is well illustrated in Fig. 4-a. 

It can be observed that the morphology of the 

compatibilized samples is characterized by a regular 

surface and a significant reduction in the size of 

OHF aggregates in comparison with the virgin one. 
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Moreover, This morphological improvement results 

probably from interactions between OHF  and EVA 

and  it  seems  to be  favoured with  increasing  the 

 

   

 
 

 

number of extrusion cycles as shown in Fig. 4-b, c, d 

and e. Indeed, SEM analysis indicates an 

homogeneous dispersion of the lignocellulosic filler 

in the polymer matrix.  The presence of some 

fracture lines  on the surface  of the composite 

materials is due to the method of cutting the samples  

in nitrogen.   

From Fig. 4-b, c, d and e, it can also be observed 

that the size of OHF particles decreases as the 

number of repeated cycles increases.  

 

This behaviour is consistent with the data reported 

by Kaci et al. [4] in their studies on the effects of 

repeated extrusion cycles on polypropylene/wood 

flour composites in the presence of EBAGMA 

compatibilizer. The authors explained this behavior 

as a result of either the occurrence of partial 

degradation of the polymer matrix, or the increase in 

extent of the reaction between the functional groups 

of the EBAGMA compatibilizer and the hydroxyl 

groups of the cellulose. In this latter case, a better 

interfacial adhesion could be obtained as a result of 

reprocessing. 

 
 

 

 
 
Fig.3. SEM micrographs of EVA/OHF: 70/30: (a): 1 

cycle, (b): 2 cycles, (c): 3 cycles, (d): 4 cycles and (e): 5 

cycles. X 2400. 
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Fig.4. SEM micrographs of EVA/OHF/EBAGMA: 

70/30/10: (a): 1 cycle, (b): 2 cycles, (c): 3 cycles, (d): 4 

cycles and (e): 5 cycles. X 2400. 

 

3.3. Tensile measurements 

 

The determination of mechanical properties of 

polymers, especially modulus and strain allows to 

evaluate the extent of degradation undergone by the 

materials during aging process. In this connection, 

Fig. 5 shows the variation of Young’s modulus as a 

function of number of extrusion cycles for both 

virgin and compatibilized composite materials in 

comparison with the neat EVA copolymer. Initially, 

the Young’s modulus of neat EVA is almost 40 MPa 

and this value has increased by approximately 55% 

in EVA/OHF composite samples. This increase is 

attributed to the substitution of the matrix EVA by 

the cellulosic filler, which is more rigid, thus 

limiting the mobility and the deformability of the 

macromolecular chains of EVA. However, this 

addition of EBAGMA seems to reduce slightly the 

Young’s modulus of EVA/OHF composites. 
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Fig.5. Variation of Young’s modulus as a function of 

number of extrusion cycles for both virgin and 

compatibilized EVA/OHF composites compared with 

neat EVA copolymer. 

 

result could be attributed to the decrease in the 

stiffness of the composite material as a result of the 

butyl acrylate group of the compatibilizer acting as 

an impact modifier. However, it is observed in Fig. 5 

that for both virgin and compatibilized composite 

samples, the repeated extrusion cycles has no 

noticeable changes on Young’s modulus, although 

slight variations are observed during recycling of the 

composite samples.  

For the neat EVA, the effect of the number of 

extrusion cycles  on Young’s modulus is negligible. 

 

Fig. 6 shows the variation of stress at break of virgin 

and compatibilized EVA/OHF composites as a 

function of number of extrusion cycles.  

From Fig. 6, it is observed that the value of stress at 

break is 20 MPa for neat EVA. The addition of 30 

wt.% of OHF in the polymer matrix results in a 

sharp decrease in the value of  stress at break of the 

composite material to 8 MPa.  

This behavior may be attributed to bad dispersion of  

the filler in the matrix and a weak interfacial 

adhesion between the components.   

  (b)   (c) 

  (d)   (e) 
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Fig.6. Variation of stress at break as a function of number 

of extrusion cycles for both virgin and compatibilized 

EVA/OHF composites compared with neat EVA 

copolymer. 

 

However, the presence of 10 wt.% of EBAGMA 

compatibilizer in EVA/OHF composites results in a 

slight increase in the stress at break from 8 to 9 MPa. 

In general, this very small increase may be related to 

a better interfacial adhesion between the components 

of the composites. Whereas, the effect of the number 

of extrusion cycles on neat EVA induces a slight 

decrease in the stress at break after the fifth cycle to 

reach the value of 17 MPa. For both virgin and 

compatibilized composites, the stress at break is 

almost unchanged with increasing the repeated 

extrusion cycles.  

 

Fig. 7 shows the variation of elongation at break as a 

function of number of extrusion cycles for both 

virgin and compatibilized composites compared to 

neat EVA. From Fig. 7, it is observed that initially, 

there is a decrease in elongation at break for all 

composite materials in comparison with the polymer 

matrix.  EVA copolymer is a very ductile material 

exhibiting higher elongation at break  of about  

717 %.  The addition of 30 wt.% of OHF to the 

polymer matrix leads to a brittle composite material. 

This behaviour is well expected due not only to the 

rigid nature of OHF, but also to possible occurrence 

of some chemical interactions between the filler and 

the polymer matrix. Consequently, there is a 

restriction in the mobility of macromolecular chains 

resulting in poor deformability of the material.        
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Fig.7. Variation of elongation at break as a function of 

number of extrusion cycles for both virgin and 

compatibilized EVA/OHF composites compared with 

neat EVA copolymer. 

 

However, from Fig. 7,  the effect of the repeated 

extrusion cycles on the elongation at break of EVA 

copolymer is almost negligible up to the third cycle. 

But, after this, it is observed a slight decrease in the 

initial value of elongation at break by almost 11%. 

According to Khan et al. [12], this may be explained 

as a result of thermo-mechanical degradation of the 

material leading to a decrease in both stress and 

strain at break.  Fig. 7 shows also that the repeated 

extrusion cycles seem to have no effect on both 

virgin and compatibilized EVA/OHF composites in 

the first three cycles. However, after 4 and 5 cycles, 

a slight increase in elongation at break is observed 

which can be attributed to better interfacial adhesion 

minimizing the formation of microvoids and other 

defects.  

 

3.4. Water uptake 

 

Water uptake data measured as a function of the 

repeated extrusion cycles for both virgin and 

compatibilized EVA/OHF composites in comparison 

with the neat EVA are presented in Table 1.  
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EFFECT OF REPROCESSING CYCLES ON  MORPHOLOGY 

 AND PROPERTIES OF ETHYLENE VINYL ACETATE (EVA) 

COPOLYMER/OLIVE HUSK FLOUR COMPOSITES  

Table 1. Values of water uptake at equilibrium for virgin 

and compatibilized EVA/OHF composites compared to 

neat EVA as a function of number extrusion cycles. 

 

From Table 1, it is observed that the initial value of 

water uptake of EVA copolymer is almost 0.14 wt.%. 

This value remains almost unchanged within all the 

repeated extrusion cycles. Indeed, EVA is a 

hydrophobic thermoplastic. However, the 

incorporation of 30 wt.% of OHF produces an 

increase in the percentage of water uptake of the 

composite material by 93% passing from 0.14 wt.% 

for EVA to 2.13 wt.% for the EVA/OHF composite. 

This result is well expected because as the amount of 

OHF increases, the concentration of hydroxyl groups 

(-OH) increases too and subsequently, the 

hydrophilic character of the composite material is 

enhanced [13,14]. Further, it is also noticed that the 

effect  of the repeated extrusion cycles  on water 

uptake of EVA/OHF composite is somewhat limited 

since only 8% of increase are observed after five 

cycles. This result is consistent with the data 

reported by Najafi et al. [15]. The authors attributed 

this phenomenon in composite materials based on 

recycled polypropylene and polyethylene filled with 

wood flour to the capacity of the interfacial region to 

absorb water. Therefore, it is necessary to use 

coupling agents in order to improve the affinity 

between the filler and the matrix. However, the 

addition of  EBAGMA to EVA/OHF leads to a 

decrease in  the percentage of water uptake of the 

composite material by almost 8% passing from 

2.13 % for virgin EVA/OHF composite to 1.98 % 

for the compatibilized one. This indicates clearly 

that some hydroxyl groups of  the cellulosic filler 

have reacted with EBAGMA resulting in  less 

hydrophilic material. Further, it is also observed 

from Table 1 a sharp decrease in water uptake for 

the compatibilized sample after five extrusion cycles 

by approximately 17% due probably to the 

occurrence of more interactions between all 

components of the system EVA/OHF/EBAGMA.      

4. Conclusion 

 

From this study, it can be concluded the following: 

FTIR data reveal that no noticeable changes have 

occurred in both virgin and compatibilized 

EVA/OHF composites after five extrusion cycles. 

This may be attributed on one hand, to the thermal 

stability of EVA, and on the other hand, to the lignin 

present in the filler which acts as a thermal stabilizer 

by scavenging the radicals. Further, SEM analysis 

indicates better dispersion of OHF in EVA matrix 

during recycling.  

The tensile properties, especially Young’s modulus, 

stress and elongation at break for both virgin and 

compatibilized composite samples remain almost 

unchanged during the repeated extrusion cycles in 

comparison with neat EVA. Moreover, the study 

shows that the compatibilized EVA/OHF composites 

are less hydrophilic than the virgin ones. Finally, the 

whole results show clearly that both virgin and 

compatibilized EVA/OHF composites can be 

recycled at least five times without altering the 

functional properties. This is very interesting from 

both industrial and technological point of view. 
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1  Introduction  
 Polyolefins such as polypropylene (PP), 
polyethylene (PE) or ultra-high molecular weight 
polyethylene (UHMPE) and poly(methyl pentene) 
(PMP), etc. have both high tensile strength and 
resistance to chemical reagents. 
  However, these materials have no hydrophilic 
property and no adhesive property because of the 
hydro carbon molecular structure. Many techniques 
were carried out to modify the surface property of 
polyolefins[1,2]. Durable improvements for 
polyolefin materials were not obtained. For instance, 
corona or plasma treatment is generally used to 
improve the adhesive property. PE or PP materials 
are treated by the corona discharge treatment, the 
subsequent process using adhesives have to be 
rapidly carried out. In addition, the corona discharge 
treatment is not effective for some polymeric 
materials. When many numbers of large polymeric 
materials are bonded to each other or other materials, 
it is desirable to carry out the adhesive process 
quickly after the discharge treatment. Cyanoacrylate 
adhesives with primers are sometimes useful for the 
adhesion of polyolefin materials. But, they do not 
give high adhesive force, and they are too expensive 
to apply for large materials.  

 We studied the modification of polyolefins and 
other chemically stable polymeric materials such as 
polyethylene (PE), ultrahigh molecular weight PE 
(UHMWPE), polycarbonate (PC), polyester, silicone 
and fluorocarbon resins, etc. and found that the 
combination of several conventional methods was 
effective for the improvement in the adhesive 
property.[3,4]  In addition, the modification of 
engineering plastics such as polyoxymethylene  

(POM, polyacetal), polybutyleneterephthalate (PBT), 
polyamides,  polysulfone (PS),  polyimide (PI), 
polyether ether ketone (PEEK), and fiber-reinforced 
plastics (FRP)  was carried out. We aimed at the 
durable adhesion improvement of the chemically 
stable polymeric materials using general kinds of 
adhesives.  

2  Experimental 
  2.1 Polymeric materials  Fibers, films, sheets, 
boards, rods and tubes of polymeric materials  were 
provided by companies or commercial products 
were obtained. They were washed with methanol 
before use. Typical standards; PP non-woven fabrics 
(unit weight 50g/m2), PP film and plates (thickness 
100µm–2.00mm), UHMWPE (average molecular 
weight 5,000,000-8,000,000) plates (unit weight 
467g /m2) and films (thickness 60, 100µm, weight 
30, 83 g /m2), PET films (weight 72g /m2),  PC 
plates (thickness 100µm–1.00mm), silicone resins 
and fluorine resins, polyvinyledenefluoride (PVDF), 
polytetrafuluoroethylene(PTFE), ethylenetetra- 
fluoroethylene copolymer (PETFE) etc.) (thickness 
100µm–1.50mm) were used.  Boards of POM, 
polybutyleneterephtalate (PBT), polyamides, PS, PI, 
polyether ether ketone (PEEK), and carbonfiber FRP 
(CFRP) of PEEK were provided by the Tohoku-
Konan Co. Ltd., Japan. 
 
  2.2 Adhesives Commercial polyvinylpyrrolidone 
(PVP) glue, wood bond (aqueous polyvinylacetate 
41 wt% solution), cyanoacrylate (CA) with or 
without primers, the Quick five (Konishi Com. 
Ltd.,Japan); epoxy resin bond (two liquid mixed 
type) were used. 
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 2.3 Paint  Commercial water-based paint (Asahipen, 
Co. Ltd., Japan) which contains synthetic resins 
(acrylic, silicone and fluorocarbon resins), pigments 
and organic solvents and water-based urethane car-
use paint was used. The pealing test of the coated 
paint was carried out by the cross-cut test, JIS 
K5400. 
  
  2.4 Treatment 
  Polymeric materials were activated by chemical 
oxidation, or energy irradiations such as UV, plasma, 
and high-voltage electric discharge treatment. 
Activated polymeric materials were subsequently 
treated with solutions of polymers, monomers or 
other chemical reagents in the presence of catalysts 
or initiators.  Some catalysts or initiators were added 
in the mixture. 
  Polymeric materials were taken out of the reaction 
mixture and washed with solvents or detergent 
solutions.   
 
  2.5 Measurements 
   The tensile shear strength, 180˚ or T-peel tests 
were carried out to observe the adhesive strength of 
untreated or modified materials bonded with 
adhesives  by a tensile tester, Shimadzu AGS-H5KN. 
IR spectra of polymeric materials were observed by 
a Shimadzu IRPrestige-21 equipped with a Smiths 
DuraSampl IR II (ATR accessory). 
 
3 Results and discussion 
 
  3.1 Activation process and reaction mechanism 
  In the activation process, polymeric materials are 
oxidized. The oxidation extent was observed by 
FTIR. IR spectra of untreated PP and treated PP 
oxidized in the activation process were obtained by 
the ATR method. The treated polymeric materials 
gave an adsorption peak based on carbonyl groups 
around 1710 cm-1. The plot of the area ratio at a peak 
at around 1710 cm-1 against treatment time gave a 
straight line. It was important to carry out the 
activation process only slightly on the material 
surface in order to avoid the degradation.  Activated 
polymeric materials were subsequently reacted with 
polymer or other chemical reagents to modify the 
material surface. It is not necessary to carry out the 
reaction process rapidly after the activation process. 

Even when the activated materials were laid some 
weeks, the subsequent treatment was attained well.  
The reaction mechanism was speculated, 
considering the references. [5-8] The mechanism is 
given in Scheme 1. Polymeric materials are oxidized 
in the activation process and hydroperoxyl groups 
are formed. As the groups are not stable, some of 
them are considered to be changed to the other 
functional groups. These groups are considered to 
react with chemical reagents (RX).  
 
 
 
 

 
 
 
 
 
 
 

Scheme 1 Mechanism 
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3.2 Improvement in the adhesive property of 
polymeric materials 
  The adhesive property of polymeric materials was 
improved well by the present method. Modified PP 
boards could be bonded to other materials with usual 
adhesives, and the material failure was observed in 
the tensile strength test of bonded materials. Figure 1 
gives the specimen of PP board used in the tensile 
shear strength test.  
 
 

 
  
 
  The adhesive strength of pressure sensitive adhesive 
double-coated tapes was also improved by the present 
technique. Figure 2 gives a modified PP-made towel 
hunger bonded strongly to a metal wall, using a double-
coated tape. The peeling strength was increased to over 3 
kgf  from 300 gf. 
 
 

 
   
 
  Though usual silicone rubber materials give water-
repellency and no adhesive property, the modified 
silicone polymer materials got wet in water and 
could be bonded to wood boards using a commercial 
wood glue (PVA and polyvinylacetate). Figure 3 
shows the specimen of silicone resin sheets bonded 
to wooden boards with a wood glue and  used in the 
adhesive strength test. Untreated silicone rubber sheet  
bonded to wooden board gave an interfacial  failure, but 

modified one gave a material failure in the shear strength 
test. 
  The modified silicone resin sheet was bonded to 
aluminum board with wood glue and epoxy resin 
adhesive (Quick 5). The values in the shear strength 
test were given in Table 1. 
   
 

 
 
 
 
 
 
  Modified PC boards were bonded to paper with 
starch or PVA glues (Figure 4).  
 
 
 
 
 

Adheren
d 

Wood Aluminum 

Si-resin Untre-
ated 

Modifi
ed 

Untre-
ated 

Modified 

Used 
adhesve 

Wood glue Epoxy resin  
(two components) 

Shear 
strength 
(MPa) 

0.05 0.11 0.05 0.14 

Failure 
style 

Si-resin 
failure 

Interfa-
cial 
failure 

Si-resin 
failure 

Interfacia
l failure 

Fig.1  Tensile shear strength test of PP board 
bonded to aluminum board; right, PP and left, 
aluminum board. 
Cyanoacrylate adhesive was used. 

Fig.2 Modified PP-made towel hunger 
bonded to a metal wall with double-coated 
tape. 

Table 1 Shear strength test of silicone resin  

Fig.3  Silicone resin sheets bonded to 
wooden boards with a wood glue and used 
in the tensile strength test; right, silicone 
and left, wooden boards. 
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 Modified PEEK boards were bonded to each other 
with an urethane adhesive and the adhesive shear 
strength test was carried out; a material failure of 
PEEK boards was occurred  at 6.30MPa as given in  
Figure 5, while the untreated ones gave an interfacial 
failure at 1.17MPa. The adhesiveness of PEEK was 
improved well.  
  
 

 
   
 
 
The adhesiveness of fluorocarbon resins, PTFE. 
PETFE, PFA and PVDF materials was improved 
well by the present process. The modified materials 
were adhered to aluminum boards using Quick 5 
(adhesive containing epoxy resin and polythiol) and 
other ahhesives and the cohesive failure was 
observed in the peel test.    Figure 6 gives  modified 
PTFE boards bonded to rubber sheet and aluminum 
board with a polycyanoacrylate adhesive, and a 
paper with wood glue. 
 

 

 
3.3 FRP modification 
  The adhesiveness of carbon fiber FRP (CFRP) 
boards was improved well by the present 
modification.  Especially, the modified materials 
gave the adhesive strength several years after the 
modification. FRP boards made of carbon fiber-
PEEK or carbon-fiber-epoxy resin were modified 
and the adhesiveness  with various adhesives was 
improved. 
  It is noteworthy that when modified PP fibers were 
used in the epoxy resin, the PP fibers were not run 
away from the resin in the shear strength test (Figure 
7, right), though untreated PP fibers were simply run 
out. The PP-FRP was not separated after the yield 
point in the tensile strength test, though glass-fiber 
FRP and CFRP were broken to two pieces. 
   
 

 

Fig.4 T-peel test of PC plates bonded to paper; 
untreated PC (left) and treated PC (right ) 

Fig.6 Modified PTFE board bonded to to black 
rubber (upper), paper and aluminum (lower). 
 

Fig.5 Modified PEEK boards used in  
the adhesive shear strength test 

Fig.7  FRP specimens after the three-point 
bending test; untreated PP (left),  and modified 
PP (right) 
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3.4 Comparison with corona-discharge treatment 
  Corona discharge treatment was widely applied to 
improve the adhesiveness of polyolefin and other 
materials. In general, this treatment and subsequent 
coating process are successively carried out in the 
production plant.  When corona discharged PP 
materials were laid for several days, its adhesive 
property was extremely decreased. 
 
3.5 Solvent bonding 
  Modified polybutadine, PP, silicone rubber tubes 
were connected to each other by solvent bonding 
(without any adhesives).  Figure 8 gives silicone 
rubber tube bonded to a PP tube (T-tube) with usual 
organic solvent. This technique is applicable for the 
medical devices. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
3.6  Water-based paint coating 
  Modified PE, UHMWPE, PP, PC, PET, silicone 
and fluorocarbon resins, etc. were coated well with 
water-based paints.  Figure 9 gives the result of the 
cross-cut test for PP plate coated with water-based 
acrylic paint. The upper specimen gives a PP plate 
treated incompletely and the lower one modified 
well. The upper PP gave 0/100 but the lower PP 
gave a full-mark, 100/100 in the cross-cut test.  
  The cross-cut test of water-based paint coated 
UHMWPE boards is given in Figure 10; the upper 
specimens are untreated ones; the left, before the test 
and the right, after the test. The under specimens are 
modified ones; the left, before the test and the right, 
after the test. The modified UHMWPE board gave a 
full-mark, 100/100. 
 

 
 
 
 
 

 

 
 
 
 
 

  Usually, PTFE materials are modified under strict 
chemical conditions.  On the other hand, the present 
process gives modified PTFE ones under a calm 
conditions.  A PTFE sheet was modified and coated 
with water-based paint. Figure 11 gives the 
untreated and modified PTFE sheets. 

 

Fig.10 Water-based paint coated UHMWPE 
boards; upper two: untreated ones, lower two: 
modified ones. Each right one gave  the 
specimens examined by the cross-cut test.  

Fig.8 Silicone rubber tubes connected to  
a PP T-tube by solvent bonding 

Fig.9 Modified  and coated PP boards used 
in the cross-cut test; upper : incompletely 
and lower : completely modified ones. 
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3.7 Comparison of corona-discharge treatment 
and the present process in the coating of silicone 
resin sheets 
  Silicone rubber sheets were modified by usual corona 
discharge treatment and the present technique.  Figur12 
gives the results; all silicone rubber sheets were coated 
with a water-based paint (Water Super Coat of Asahi-
pen Co. ltd.).  Although the corona- discharged silicon 
rubber sheet could be  coated with the paint 
immediately after the treatment, it could not be 
coated 5 hours after the treatment. On the other 
hand, the silicone rubber treated by our method 
gave good coating property even 120 days after 
the treatment.  As a fact, the modified and 
coated materials were not be changed  for 
several years. 
 
 
 
3.8 Ink-jet printing with water-based ink 

  We studied a modification method of 
polymeric films (PP, PE, PET, PC, etc.) suitable 
for usual ink-jet printing with water-based ink.   
 
 
 

 
 
 
 

 
 
 
 
 
It needed to change some treatment conditions. 
Examined polymeric films or sheets could be 
printed by usual ink-jet printers.   Although 
untreated PET, PP, PE, PC films were not 
printed at all, modified films were printed 
clearly by ink-jet printers with water-based ink.  
Figure 13 gives an example of untreated PET 
sheet  printed by an ink-jet printer. 
 
 

Fig.11 Water-based paint coated PTFE 
sheets; upper: untreated one, lower: 
modified ones. 

Fig.12 Time-change in water-based paint 
coating on silicone rubbers; upper two lines: 
corona-discharged ones, and lower one: 
modified ones by the present method, the 
numbers give the time after the treatment. 
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Figure 14 gives a  modified PET film printed by the 
ink-jet printer.  Although the untreated PET sheet 
was not printed at all, the modified one gave a good 
printing with water-based ink. 

 

 

 

Figure 15 gives a  modified PP film printed by the 
ink-jet printer with water-based ink. The modified 
PP film was printed well but untreated PP ones were  

 Figure 16 gives modified PC sheets were also 
printed clearly by the ink-jet printer with water-
based ink. The PC film was printed very clearly. 

 

 

 

 

 

 

 

 

 
 

 

 

Fig.16 Modified PC sheet printed by  an ink-jet 
printer. 

Fig.15 Modified PP sheet printed by an ink-jet 
printer. 

Fig.14 Modified PET sheet  printed by  
an ink-jet printer. 

Fig.13 Untreated PET film printed by 
an ink-jet printer. 
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4. Conclusion 

 The present process gave durable modified properties 
as compared with usual corona or plasma discharge 
treatments and other methods.  Especially, modified 
materials can be adhered to each other or to other 
materials using any adhesives, even after they are laid 
for several months. Modified fibers were useful for 
preparing composite materials (FRP). The modified 
polymeric materials are useful in many fields. 
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1 Introduction 

Electrolyte systems that can carry mechanical load 

while allowing for high levels of ionic 

conductivity are an important prerequisite for 

structural power storage devices. Introduction of 

structural power storage into the variety of 

consumer products will allow saving in weight 

and volume. Moreover, using a 

supercapacitor/battery system in hybrid electric 

vehicles (HEV), the supercapacitor part will 

extend the battery lifetime by protecting it from 

the high peak currents. To successfully produce 

structural power storage requires the development 

of multifunctional electrolytes where one has to 

simultaneously maximize mechanical properties 

and ionic conductivity.  

Despite numerous research efforts in this area the 

challenge remains as to how to retain desirable 

mechanical properties while imparting ion 

conductivity.[1-3] To achieve this desired aim, 

different approaches were explored including 

addition of inorganic fillers, such as SiO2, TiO2,[4, 

5] organic fillers, such as cellulose 

nanowiskers,[6] blending polymers with different 

properties, etc. [7].  

Based on the data available in the literature one 

of the most promising approaches to maximize 

multifunctionality for structural power 

improvement is to utilize the benefits of a 

bicontinuous phase structure; one phase 

providing mechanical strength and a second one 

ion flux. There are number of publications which 

support this approach [1, 2, 7, 8] even though 

different types of polymers have been used.  

Starting with a polymer which initially possesses 

low mechanical properties and ionic conductivity, 

the authors [7] had significantly improved both 

parameters through the addition of a block 

copolymer of polyethylene oxide-polypropylene 

oxide in the presence of LiClO4 as the electrolyte 

salt. The addition of 50 wt% block copolymer of 

polyethylene oxide-polypropylene oxide caused 

an increase in ionic conductivity from 2.22·10-9 

S/cm for polyethylene oxide+LiClO4 to 5.51·10-

8 S/cm for the polymer blend (+ LiClO4) while 

the Young’s modulus, determined using tensile 

test, rose from 15 MPa to 114 MPa. However, it 

should be noted that, despite the significant 

improvement, the ionic conductivity value was 

still much too low. A different approach in 

creating a bicontinuous structure was used by F. 

Gayet et al [1]. Organosilicate compounds, such 
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as tetramethylorthosilicate and tetraethoxysilane, 

were used to form a silica bicontinuous network 

via sol-gel process. A mixture of 

butylmethylimidazolium 

bis(trifluoromethanesulfonyl) imide and 

tetrahydrofurane (THF) was used as a reaction 

medium for the sol-gel process and a polymer 

electrolyte based on modified 

polymethylmetacrylate, containing 5 mol% units 

bearing pendant hydrolysable silicon groups and 

tetraethoxysilane was prepared. It was reported 

that the obtained electrolyte had an ionic 

conductivity as high as 1.01 mS/cm, but a very 

low Young’s modulus of 0.33 MPa.[1] However, 

the most promising results are reported for 

electrolyte obtained by modification of the 

epoxy/amine systems. [2, 8]  

The focus on epoxy/amine systems is not a 

surprise since cured epoxies have an excellent set 

of the specific properties and wide range of 

applications from household items to aerospace. 

Following are two examples of electrolytes based 

on polymers with epoxy functional groups. Films 

were formed of poly(ethylene glycol) bis(3-

aminopropyl) crosslinked poly(ethylene glycol) 

diglycidyl ether with lithium 3-

glycidyloxylpropanesulfonyl- 

trifluoromethanesulfonylimide as comonomer 

varying the content of latter. It was found that an 

increasing concentration of sulfonylimide 

monomer present in the polymer films, improved 

ionic conductivity from 0.05 mS/cm to 1.0 

mS/cm, though their most promising 

multifunctional polymer resin had an ionic 

conductivity of 0.76 mS/cm with a Young’s 

modulus of 0.97 MPa.[8] 

Bisphenol A based epoxy have also been 

investigated copolymerized with tetrafunctional 

epoxy resins and crosslinked with 

tetraethylenepentamine in the presence of 1-

ethyl-3-methylimidazolium 

bis(trifluoromethanesulfonyl) imide (EMIM-

TFSI). A decrease in the EMIM-TFSI 

concentration from 50 wt% to 43 wt% resulted in 

monolithic samples with a Young’s modulus 

increasing by an order of magnitude from 45 to 

480 MPa whilst the corresponding ionic 

conductivity decreased from 1.2 mS/cm to 0.38 

mS/cm respectively.[2] However, it should be 

noted that there is very limited information on 

the microstructure of the formed electrolytes and 

its effect on their overall performance. 

Here we report results on how electrolyte/epoxy 

resin formulations produce different 

morphologies as a result of reactive phase 

separation and how the different morphologies 

correlate with ionic conductivity and mechanical 

properties (particularly Young’s modulus). Since 

these structural electrolytes are based on 

commercially available, high performance epoxy 

resin formulations, our findings are a further step 

in the direction of scale-up and commercial use 

of these attractive multifunctional structural 

power materials.  

2 Results and Discussion 

In this study three commercially available high 

performance epoxy resin/amine formulations, 

MVR444, VTM266, MTM57, have been used. 

Standard epoxy/amine compositions were mixed 

with the EMIM-TFSI ionic liquid doped with a 

lithium salt (bis(trifluoromethane)sulfonimide 

lithium salt, LiTFSI) as the electrolyte (EMIM-

TFSI+LITFSI).  

Depending on the resin used, two distinctly 

different types of the microstructure were 

formed. A representative example of one of the 

morphologies is shown in Figure 1 as a result of 

precipitation polymerization from the solution [9, 

10]. Electrolytes with a morphology presented in 

Figure 1 were synthesized using MVR444 and 

VTM266 epoxy/amine systems. It is worth noting 

that the scale at which phase separation took 

place in the formed structural electrolytes is 

depending on the epoxy/amine system used. In 

the case of MVR444, a bicontinuous network 

with the finer structure and smaller pore sizes 

was formed as compared to VTM266 when the 

same composition was used.  
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Figure 1. Representative SEM image of a simple 

bicontinuous morphology obtained from 

precipitation polymerisation of VTM266 in EMIM-

TFSI+LiTFSI. 

The morphology shown in Figure 2 is reminiscent 

of spinodal decomposition [11] and is characterized 

by a resin rich phase (closed pore domains) and an 

ionic liquid rich phase (connected nodular 

domains). This type of morphology was obtained 

using epoxy/amine system MTM57. It can be 

clearly observed that the microstructure of MTM57 

based electrolyte comprises three different 

morphologies. A continuous epoxy network, the 

cross-section of which has a sea-island structure, 

most likely formed by the droplets of an 

electrolyte (EMIM-TFSI + LiTFSI) dispersed in 

the epoxy bulk, and surrounded by the spherical 

non uniform nodules. It has to be noted that the 

nodules did not possess additional structure and 

formed of bulk epoxy. A microstructure similar 

to that presented in Figure 2 was reported in the 

literature. Highly ordered porous polymers were 

synthesized via living polymerisation of vinyl 

monomers [12]. However, formation of the 

porous epoxy monolith with similar 

microstructure was achieved by spinodal 

decomposition via polymerization induced phase 

separation of epoxy based systems. [11] 

Nevertheless, the non-uniformity of the spherical 

nodules can be considered as an evidence that the 

formation of the microstructure in the studied 

systems takes place not only via spinodal  

decomposition but via combination of different 

processes. 

 

Figure 2. Representative SEM image of a 

bicontinuous phase system with a more complex 

pore morphology obtained from “(mini)emulsion” 

polymerization of MTM57 in EMIM-

TFSI+LiTFSI. 

Generally structural electrolytes with a simple 

bicontinuous morphology (Figure 1) exhibited 

better mechanical performance but lower ionic 

conductivity compared to the more complex 

phase morphology characterized by the presence 

of connected nodules (Figure 2).  

Figure 3 and 4 shows an effect of the struts and 

pores size of bicontinuous structure (Figure 1) on 

ionic conductivity and Young’s modulus of the 

structural electrolytes. For the studied systems, an 

increase ionic conductivity coincided with a 

decrease in the Young’s modulus, well known in 

the literature [10, 13, 14]. It can be seen that ionic 

conductivity was affected by the changes in the 

microstructure dimensions to a greater extent than 

the Young’s modulus. Threefold increase in the 

struts size led to a nearly seven fold increase in 

the ionic conductivity (Figure 3a), but only a 0.6 

times decrease in Young’s modulus (Figure 3b).  

A similar trend was observed when ionic 

conductivity and Young’s modulus were plotted vs 

pore size (Figure 4 a,b). The increase in the ionic 

conductivity was most likely a result of the 

decrease in the tortuosity of the system with 

increase in the pore size.[15]  
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Figure 3. Effect of the dimensions of the 

bicontinuous microstructure on the ionic 

conductivity (σ) (a) and Young’s modulus (b). 

 

The effect of the microstructured dimensions on 

ionic conductivity and Young’s modulus in the 

more complex structures (Figure 2) was studied 

using formulations based on epoxy/amine system 

MTM57. The ratio between MTM57 and ionic 

liquid (EMMTFSI) was kept constant at 50:50 

wt.%. The microstructured dimensions were 

varied by changing the lithium salt concentration 

in the structural electrolyte.  

As was mentioned earlier, the microstructure of 

the MTM57 based structural electrolytes 

comprises of three different structures. It has to be 

noted that as continuous epoxy phase becomes 

finer the spherical nodules which are surrounding 

it also come to be smaller and more uniform. 

However, changes in the size of the spherical 

nodules are less significant compared to the 

changes in the size of continuous epoxy phase. 

That is why here only the effect of the continuous 

epoxy phase on the ionic conductivity and 

Young’s modulus is presented. 
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Figure 4. Effect of the dimensions of the 

bicontinuous microstructure on the ionic 

conductivity (σ) (a) and Young’s modulus (b). 

  

Figure 5a shows a nearly linear increase in the 

ionic conductivity as the continuous epoxy phase 

(struts) are become bigger. However, effect of the 
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continuous epoxy phase (struts) on the Young’s 

modulus is less straightforward (Figure 5b). A 

decrease in the Young’s modulus can be observed 

when size of the continuous epoxy phase 

increased from ~4 µm to 37 µm. However, further 

increase in the continuous epoxy phase to just 

above 100 µm led to a small rise in Young’s 

modulus. To find a reason for such behavior the 

porosity of the structural electrolytes was studied.  
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Figure 5. Effect of the dimensions of the more 

complex, spinodal decomposition like 

microstructure on the ionic conductivity (σ) (a) and 

Young’s modulus (b).  

The effect of the continuous epoxy phase/struts on 

the porosity is presented in Figure 6. It can be seen 

that porosity has an inverted trend compared to 

Young’s modulus, showing that as continuous 

epoxy phase/struts are getting finer as porosity of 

the sample decreased and Young’s modulus rose. 

Increase in the ionic conductivity coincides with 

the increase in the porosity for the samples with 

continuous epoxy phase size from ~4 µm to 37 µm. 

The following sudden drop in porosity did not lead 

to the expected reduction of the ionic conductivity.  
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Figure 6. Effect of the continuous epoxy 

phase/struts on the porosity of the structural 

electrolyte. Experiment was performed on samples 

after electrolyte (EMIM-TFSI+LiTFSI) had been 

extracted.  

In summary, for both morphologies it was found 

that mechanical properties increased with shorter 

length scales of characteristic features; size of 

pores and pore wall thickness in the case of the 

open porous structures, and size of nodules and 

thickness of closed pore domains in the case of 

the more complex morphology (as shown in 

Figure 2).  

3 Experimental Part  

3.1 Materials  

Three fully formulated commercially available 

epoxy resins with trademarks MVR444, MTM57 

and VTM266 were prepared at Cytec. MVR444 is 
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an amber colored liquid with viscosity of 14.7 

Pa·s; MTM57 and VTM266 are white pastes with 

viscosities of 4835 Pa·s and 1400 Pa·s 

respectively. 1-Ethyl-3-methylimidazolium bis 

(trifluoromethyl sulfonyl)imide (EMIM-TFSI, 

≥98% (H-NMR), Aldrich), 

bis(trifluoromethane)sulfonimide lithium salt 

(LiTFSI, puriss., ≥99.0% (
19

F-NMR Aldrich) and 

all other chemicals were used as received. 

3.2 Sample preparation  

Lithium salt was dissolved in the ionic liquid prior 

adding solution into the jar with the epoxy/amine 

system. All components were mixed using a 

speedmixer until a homogeneous mixture was 

formed. Samples were cured using the following 

cure cycles: for MVR444 based formulations it 

was 18 hours at 100°C, for MTM57 based - 1 hour 

at 120°C and for VTM266 based - 1 hour at 

120°C. Samples were cooled in the oven to 60
o
C 

prior to their removal. 

Samples were cured in two shapes: monoliths with 

diameter of 1.2 mm and height of 60 mm and flat 

plaques with thickness of 2.5-3 mm, to allow them 

to be tested for ionic conduction and mechanical 

performance. To make them, the mixture was 

poured into a mould and cured using a time and 

temperature profile specific for each resin and 

mentioned above. In case of the plaques, two glass 

slides treated with release agent LOCTITE 700-

NC Frekote were used as a mould. 

3.3 Sample characterization 

All samples were dried overnight at 80
o
C under 

reduced pressure before testing. 

Ionic conductivity was measured by dielectric 

spectroscopy using a Novocontrol broadband 

dielectric spectrometer in the frequency range of 

10
-2

-10
7
 Hz using stainless steel electrodes. The 

ionic conductivity (σ) was calculated on the base 

of sample dimensions and bulk resistance (Rb) 

values which were determined from the high 

frequency intercept of the impedance curve with 

the real axis using equation (1). 

bR

h
  (1) 

The thickness (h) of the thin polymer films was 

determined using a digital calliper with an 

accuracy of 0.01 mm. 

The mechanical performance of the cured 

formulations was assessed using three point 

bending tests. Experiments were performed using 

a Zwick testing frame, a 1kN force transducer and 

an optical Heidenhain displacement transducer. 

For small deflections and isotropic materials, the 

Young’s modulus taken from bending tests is 

close to the value obtained from tensile tests. 

Since the tested materials exhibited a viscoelastic 

character, the elongation rate was kept constant 

( = 0.05 min
-1

) for all tests in order to obtain 

comparable results. To account for the difference 

in thicknesses for different batches of the 

structural electrolytes, the anvil speed v was 

adjusted to the individual sample thickness in 

order to achieve the same elongation rate  in the 

surface of each bending sample.  

The anvil speed v was adjusted using following 

equation: 

h

l
v

6

2
  [mm/min],  (2) 

where  dimensionless, not in % -, span l and 

height h, mm. Samples dimensions were as 

following: length: 30-35 mm; width: 4mm; 

thickness: 2 -3mm.  

To study the morphology and porous properties of 

the formulations, EMIM-TFSI and LiTFSI were 

extracted from the cure formulations as follows. 

The sample was cut, placed into the glass vial and 

submerged in ethanol. To increase the rate of 

diffusion the solvent (ethanol) was exchanged 

twice a day for at least one week. After that 

solvent was decanted and sample was dried in a 

vacuum oven at 70
o
C under reduced pressure to 

constant weight. For all samples studied, at least 

97 wt.% of the original EMIMTFSI+LiTFSI 

loading was successfully removed from the cured 

polymer network.  

SEM images of extracted samples were recorded 

on a Jeol JSM 5610 LV scanning electron 

microscope with an accelerating voltage of 15 kV. 

All samples were gold sputter coated for 120 s in 
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an argon atmosphere (Emitech 550, Emitech Ltd., 

Ashfort, UK) to ensure sufficient electrical 

conductivity. The dimensions of the 

microstructure of the samples were determined 

using ImageJ software.  

The skeletal density of the samples was 

determined by pycnometry using a Helium 

Pycnometer (AccuPyc 1330, Micrometrics Ltd, 

Dunstable, UK). This method detecting the 

pressure change resulting from displacement of 

gas by a solid object but does not take into 

account the pores for the calculation of the sample 

volume. The calculation of the bulk density is 

done using following equation:  




















1
2

1

exp

g

g

c

s
b

p

p

V
V

m
ρ

 [g/cm
3
],  (3) 

where ms is the weight of the sample (g), Vc is the 

pycnometer volume (cm
3
), Vexp is the expanded 

volume (cm
3
), p1g is the pycnometer elevated 

pressure, p2g is the pycnometer intermedia 

pressure.  

The envelope density and porosity of the samples 

was determined using GeoPyc 1360 analyser 

(Micrometrics Ltd., Dunstable UK). This technique 

relies on the displacement of a solid object 

immersed in a bed of much smaller solid particles 

and the external (envelope) volume of the sample is 

determined so that the internal pores are considered 

to be part of the sample. The envelope density is 

calculated using following equation: 

e

s
e
V

m
  [g/cm

3
], (4) 

where ms weight of the sample, g and Ve is the 

envelope volume, cm
3
. 

Knowing values of envelope (ρe) and skeletal (ρb) 

densities the porosity (P) of samples can be 

calculated using the following equation: 

(%))( 1001 
b

eP


 ,  (5). 
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1 Introduction  
In recent years, nanoclays have attracted great 
interest[1,2] as they potentially permit significant 
mechanical properties enhancement at low filler 
content. Furthermore, they can exhibit added 
multifunctionality such as flammability resistance, 
thermal stability [3] and permeability gas barrier 
properties [4,5]. Since the initial successful 
development of layered silicate nylon 
nanocomposites by Toyota team [6], there has been 
great interest in layered silicate polymer 
nanocomposites in both academic and industrial 
research. The most widely used layered silicates in 
nanocomposites are based on montmorillonites 
which are composed of extremely thin (∼1 nm) 
platelets with large surface areas and high aspect 
ratios. These platelets present a very high elastic 
modulus (within the range 178-265 GPa [7]) 
compared to that of the polymer matrix. To obtain 
nanocomposites with enhanced properties 
comparing to conventional composites, the natural 
MMT has to be organically modified [8, 9] by a 
quaternary ammonium salt bearing long carbon 
chains. Hence, the dispersion of the clay platelets is 
improved and exfoliated structures can occur. The 
reinforcement effect of silicate layers strongly 
depends on the degree of dispersion of the platelets 
and the structure of the nanocomposite [10]. 
Recently, sepiolite that is a needle-like shaped clay 
has been incorporated in polymer matrix to increase 
its mechanical properties [11-13]. The development 
of nanocomposites, as pointed out by Brune and 
Bicerano [14], requires a better understanding of the 
structure–properties relationship and the ability to 
make predictions using adapted micromechanical 
models. Recently, Halpin-Tsai model was used to 
evaluate the properties of montmorillonite based  

 
 
nanocomposites [15]. The mechanical behaviour of 
polymer/clay ’ideal’ nanocomposites can be 
predicted rather well with these models. But, due to 
the inherent complexity of ’real’ nanocomposite 
structure, it is inevitable that discrepancies occur 
[16,17]. Moreover, to our knowledge, there are very 
few works dealing with the viscoelastic properties of 
sepiolite filled thermosets and also with the 
correlation between mechanical properties 
(especially stiffness and damping factor) with the 
morphology of the nanocomposite. This presentation 
deals with the study of the reinforcing effect of 
sepiolite clay mineral dispersed in epoxy vinyl ester 
(VE) matrix. Elastic modulus were measured by a 
vibration analysis and compared with those obtained 
by adapted homogenization models based on Halpin 
Tsai homogenization models. This allowed to 
conclude on the microstructure of our 
nanocomposites (particularly on the dispersion of 
the fillers). 

2 Experimental part 

2.1 Materials  

The clay material used was a sepiolite Pangel® S9 
(‘Sep’), supplied from Tolsa (fig.1 and 2). The 
epoxy vinyl ester (VE) resin used as the matrix was 
Ashland Derakane® Momentum™ 411-350 
(‘Mom’). The curing system was composed of a 
methyl ethyl ketone peroxide catalyzed by a cobalt 
naphthenate salt (3% in styrene). 

 

2.2 Processing 

Suspensions of sepiolite (from 1.25 to 6.25wt%) in 
resin were mechanically stirred and ultrasonically 
mixed. The curing system used was composed of 1.5 
phr of methyl ethyl ketone peroxide and 0.30 phr of 
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cobalt naphthenate (3% in styrene). Mixtures were 
cast into silicone moulds to form 250*80*12 mm 
blocks. The blocks were then cured for 8 hours at 
100°C.  
 

 
Fig.1. SEM micrography of sepiolite Pangel S9. 
 
For the designation of the samples, for example, 
Mom1.25Sep means Momentum resin filled with 
1.25 wt% of sepiolite. 

2.3 Morphology 

SEM micrographs were obtained using an 
environmental scanning electron microscope (FEI 
Quanta SEM) equipped with a scanning 
transmission electron microscopy detector (STEM).  

 
 

 
Fig.2. sepiolite structure. 
 
 

2.4 Modal Analysis 

Modal analysis is currently used to determine the 
inherent dynamic characteristics of a structure using 
its own frequencies, damping factor and mode 
shapes[18]. The main advantages of modal analysis 
are: (i) it is a rapid and non-expensive method, (ii) 
experiments can be performed on non-standardized 
specimen, (iii) the method is not destructive and 
specimen can be recovered at the end of the test and 
finally (iv) a wide band of frequencies is covered. 
More recently, it has been used to determine the 
viscoelastic properties of composite materials, 
especially the influence of fibre length and 
orientation on the damping and stiffness of polymer 
composite reinforced with glass fibers [19,20]. Avila 
et al. [21] showed that the dispersion of nanoclays in 
fibre glass/epoxy laminates improves the damping 
ratio. Moreover, the addition of organoclays to fibre 
reinforced vinylester composites improves 
significantly the internal damping of the hybrids, as 
shown by Chandradass et al. [22].  
Modal analysis has been used here to determine the 
elastic modulus of our composite materials. The 
experimental setup used simulates free boundary 
conditions by supporting the sample with soft 
suspensions (Fig.3). The dynamic excitation was 
provided by an impact hammer. The response was 
registered by an accelerometer. The excitation and 
response were fed into the Fast Fourier Transform 
(FFT) analyzer which computed the natural 
frequencies from the frequency response function 
(FRF). The natural frequencies of the sample were 
given by a series of peaks in the frequency response 
curve (Fig. 4). The MODAN software, developed by 
FEMTO-ST lab (Université de Franche-Comté) was 
used to extract natural frequencies and damping ratio 
from the frequency function response.  A finite 
element model of each sample correlated with the 
modal analysis was used to identify the elastic 
modulus of the material. 
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Fig.3. Modal analysis measurement set-up with 
hammer excitation. 
 

 
Fig.4. Example of the frequency response 
function (FRF) and corresponding mode shapes.  
 

2.5 Modeling using modified Halpin-Tsai model  

Elastic modulus (Ec) were calculated for each 
formulation using a modified Halpin-Tsai model 
[17], based on several hypothesis: (i) a random 
distribution of sepiolites, (ii) a linear, elastic and 
isotropic mechanical behavior of the matrix and 
sepiolite, and (iii) a perfect interface between matrix 
and sepiolite fibers. Moreover, the calculation was 
performed considering a needle of sepiolite as a 
cylinder with a length L and a diameter d. The 
calculation of Ec is given by van Es [23]: 

 

Ec = 0.816 Ec// + 0.184 Ec⊥ 

 
where Ec// and Ec⊥ are the longitudinal and the 
transverse elastic modulus, respectively.  
 

Ec// =  
1 + η// ζ// φr

1 − η//  φr

 Em  

 
where φr and Em are the volume fraction of sepiolite, 
and the elastic modulus of the matrix, respectively. 

 
And η// is given by: 

η// =

Er

Em
− 1

Er

Em
+ ζ//

 

 
and ζ// , the shape parameter in the length direction is 
given by: 

ζ// = 2
L

d
 

 
Er is the elastic modulus of the sepiolite needles. 

And, Ec⊥ is given by : 

Ec⊥ =
1 + η⊥ζ⊥φ

r

1 − η⊥φ
r

 Em  

where η⊥ and ζ⊥ (the shape parameter in the 
transverse) direction are given by: 

η⊥ =

Er

Em
− 1

Er

Em
+ ζ⊥

 

 
ζ⊥ = 2 

 

The value of ζ⊥ is explained elsewhere [15].  

The elastic modulus of the matrix is Em=3.22GPa. 
The elastic modulus of the sepiolite has been 
evaluated elsewhere as Er=200GPa [11]. The shape 
parameter ζ// usually ranges between 20 and 260 
[24] with an average at 54[11]. 
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3 Results and discussion  

3.1 Microstructure 

The SEM microstructure of the sepiolite filled epoxy 
vinyl ester resins are given in Fig.5 and clearly 
evidence the presence of agglomerates of sepiolite 
needles. All the needles are not individualized.  

 

 

 

Fig. 5. SEM micrographs of the sepiolite filled VE 
resins; from the top to the bottom: Mom1.25Sep, 
Mom3.75Sep and Mom6.25Sep.  

3.2 Elastic modulus by modal analysis  

The stiffness of sepiolite filled composites are 
reported in Table 1. The incorporation of sepiolite in 
VE resins tends to increase the stiffness of the 
material. And Table 1 shows a relatively low 
improvement. Indeed, the highest stiffness is 
obtained for the Mom5.00Sep (E=4.23GPa) and 
corresponds to an increase in stiffness of 
approximately 30%. Actually, these improvements 
are consistent with the limited literature available on 
the subject [12]. Table 2 gives the glass transition 
temperature (Tg) obtained with the maximum tanδ 
measured by DMTA. The glass transition 
temperatures of the nanocomposites increase with 
the amount of sepiolite meaning either that the 
crosslinling density is increased by the addition of 
sepiolite, or that polymer chains are adsorbed at the 
surface of sepiolite thus decreasing their mobility. 

Table 1: Stiffness of the sepiolite filled VE 
Formulation E (GPa)  
Mom 3.22 ± 0.05 
Mom1.25Sep 3.53 ± 0.05 + 9.63% 
Mom2.50Sep 3.85 ± 0.06 + 19.56% 
Mom3.75Sep 4.15 ± 0.05 + 28.88 % 
Mom5.00Sep 4.23 ± 0.08 + 31.37 % 
Mom6.25Sep 4.05 ± 0.05 + 25.78% 
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Table 2: Tg of sepiolite filled VE 
Formulation Tg (°C) 

Mom 118.5 
Mom1.25Sep 119.3 
Mom2.50Sep 118.6 
Mom3.75Sep 120.0 
Mom5.00Sep 122.1 
Mom6.25Sep 122.8 

 

3.3 Modified Halpin-Tsai model   

For all the formulations, the elastic modulus were 
calculated using the model described in § 2.5. The 
obtained values of Ec were compared to the 
experimental one (given in Table1) and an effective 
aspect ratio for sepiolite (ξ//) was determined by 
backcalculation (Table 3). Values of ξ// obtained by 
backcalculation are varying between 11.3 for the 
high amounts of sepiolite (6.25 wt%) and 30.5 for 
low amounts (2.50 wt%). These values are 2 to 5 
times lower than that given by Bilotti [11,24] 
(assuming that the real average aspect ratio of a 
sepiolite fiber is equal to 54). If we assume that 
owing to our processing (explained in § 2.2) needles 
were not broken during the process, it could mean 
that needles have a tendency to associate into 
bundles, as shown in Fig 5. An average number of 
fibers by bundles Na can be calculated and is given 
in Table 3. Low values of Na indicate a good 
processing efficiency for the composite 
manufacturing. And as expected, the higher the 
amount of sepiolite, the lower the efficiency of the 
process. In our sepiolite-based VE thermosets, 
bundles may contain 1, 2, 3 or 4 needles (as shown 
in Fig.5). What is the distribution of the bundles in 
our materials? To answer this question, we have to 
answer first if there is a limit for the volume fraction 
of individualized sepiolite fibers (φ1, for N=1). 

Table 3: backcalculation giving ξ||=2L/d and N 
Formulation Calculated 

ξ||=2L/d 
Na 

Mom1.25Sep 30.2 1.8 
Mom2.50Sep 30.5 1.8 
Mom3.75Sep 29.2 1.8 
Mom5.00Sep 20.9 2.6 
Mom6.25Sep 11.3 4.8 

 

 

Fig.5. Schematic representation of the sepiolite 
needle bundles with N=1, 2, 3 and 4.  

We assume that the volume fraction of 
individualized sepiolite fibers (φ1, for N=1) is 
limited by an upper bound φmax, that is the ratio 
between the volume of a sepiolite needle (πd²L/4) on 
the cube of the highest dimension (L3).  

Hence, φ1is given by [16]: 

φ
1

<  φ
max

=
π d² L

4L3
=

π
ζ//²

= 0.107% 

 
This condition is considered to be very restrictive 
and is represented in Fig.6 that shows the volume 
around each individualized needles. 

τ1 is defined as the rate of individualized sepiolite 
fibers : 

τ1 =
φ

1

φ
�

 

 
And τ1max is the theoretical maximum rate of 
individualized sepiolite fibers (under the hypothesis 
mentioned below): 
 

τ1 <  τ
1 max

=  
π d2 L

4L3 φ
r

=  
π

ζ//² φ
r

 

 
 

ICCM19 84



 
Fig.6. schematic representation of the individualized 
sepiolite needles in their limited volume. 
 

 
Fig.7. τ1 max versus φr. 
 
Hence, Fig.7 confirms that there is low amount of 
individualized fibers in the composite, especially for 
high volume fraction of sepiolites. Indeed, the 
maximum value of individualized needles is almost 
20 % for 1.25 wt% of sepiolite. 
A new modeling of Ec (based on Halpin Tsai and 
given in § 2.5) is then proposed assuming that the 
maximum amount of individualized sepiolite (τ1 max) 
is reached and that among the remaining fraction of 
needles, the maximum amount of needles under 
bundles of two is also reached (τ2 max), and that 
among the remaining fraction of needles, the 
maximum amount of needles under bundles of three 
is also reached (τ3 max) until there is no more needles 
available. Fig. 8 is a schematic representation of this 
modeling.  

The general expression giving the maximum amount 
of bundles of N needles (τN max) is: 
 

τN max =  
π N²

ζ//² φ
r

 

 
where ζ// is equal to 54.  
 

 
Fig.8. Schematic representation of the modeling 
used to evaluate Ec of the sepiolite-VE composites. 
 
Finally, by taking these assumptions into account, a 
new calculation of Ec is performed and shown in Fig. 
9. Hence, it is shown that calculated values of the 
elastic modulus are close to the experimental ones 
for all the formulations except for 6.25% of sepiolite 
(Fig. 9). Moreover, for Mom2.50Sep and 
Mom3.75Sep, the experimental values of Ec are 
higher than the calculated ones. This confirms that 
our hypothesis on the amount of individualized 
needles is probably too restrictive and that for those 
two formulations the number of individualized 
needles is probably higher than 6.5 and 4.7 % for 
Mom3.75Sep and Mom5.00Sep, respectively (as 
shown in Fig.7).  
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Fig.9. Elastic modulus Ec measured by modal 
analysis (�) and calculated with modified Halpin-
Tsai model ().   
 
The gap between calculated and experimental 
modulus permits to evaluate (by backcalculation) the 
average number of needles per bundle and, by using 
τI (I = 1, 2, 3, 4) to determine the distribution 
between individualized, 2, 3 or 4 associated needles 
(Table 4).  
 
Table 4. Distribution of the sepiolite needles in 
bundles. 
Formulation  N φN (%) Ec (%) Na 

Mom1.25Sep 1 
2 
3 

19.52 
78.08 
2.40 

26.28 
71.94 
1.78 

1.83 

Mom2.5Sep 1 
2 
3 

9.69 
38.76 
51.55 

15.00 
41.05 
43.95 

2.42 

Mom3.75Sep 1 
2 
3 
4 

6.41 
25.66 
57.73 
10.20 

10.53 
28.83 
52.39 
8.24 

2.72 

Mom5.00Sep 1 
2 
3 
4 

4.78 
19.11 
42.99 
33.13 

8.24 
22.55 
40.97 
28.24 

3.04 

Mom6.25Sep 1 
2 
3 
4 

3.79 
15.17 
34.14 
46.89 

6.73 
18.43 
33.50 
41.34 

3.24 

 
It is clear that formulation for which the process was 
optimized (i.e. the highest rate of individualized 
sepiolite needles is attained) is the Mom1.25Sep. 

Moreover, Table 4 reveals that the contribution to 
the elastic modulus of individualized needles 
dramatically decreases when the volume fraction of 
sepiolite increases.  
 
To conclude, a modified Halpin-Tsai model was 
successfully used to prove that sepiolite fibers -in a 
VE matrix- are assembled into bundles, limiting the 
stiffness improvement of the nanocomposite. 
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1 Introduction to laser through-transmission 
welding (LTTW) for composites 

 
Many advanced structural applications require the 
joining of a thin sheet of woven glass-fiber composite 
to a thicker carbon-fiber or glass-fiber composite 
stiffener. Typical applications include stiffened panels 
for aircraft interiors, aircraft control surfaces, and 
helicopter rotor blade trailing edges. For most 
applications, the stiffener may function as a doubler 
(such as may be necessary to increase local bearing 
loads) or as a stiffening member (to limit 
deflection/buckling of the facesheet under load). For 
thermoset composite applications, the thin facesheets 
are typically adhesively bonded to the thicker 
stiffeners. For thermoplastic composites, the 
facesheets may either be adhesively bonded (like 
thermosets), or fusion welded. Potential thermoplastic 
welding methods include induction, resistance, 
vibration, hot plate, and laser through-transmission 
welding (LTTW) [1]. LTTW is accomplished by 
transmitting a laser through an upper work piece 
(transparent or translucent to laser wavelength) onto a 
lower work piece (absorbent at laser wavelength) and 
melting the two work pieces together at the interface, 
as illustrated in Figure 1 [2]. It is the adaptation of 
this near infra-red LTTW technique to the welding of 

composites for the aerospace industry that is under 
investigation here. 

 

Lasers have been used for welding polymers for many 
years [3]. Applications for this LTTW technique are 
now spread across the automotive, medical and 
consumer product industries and hence a wide range 
of thermoplastic materials have been employed. In 
this case, the amorphous thermoplastic polymer, 
polyetherimide (PEI), is studied. PEI is now being 
specified more widely as a matrix material for 
aerospace composites due to its high temperature 
resistance, but no evidence has been found of these 
materials previously being welded using the LTTW 
technique. 

Several different laser types and four different 
wavelength ranges have typically been used for laser 
welding polymers, and the importance of wavelength 
cannot be overemphasized. Far infra-red (10.6 µm 
wavelength) carbon dioxide CO2 lasers are used only 
for very thin film or sheet polymer welding. Near 
infra-red (800-1100 nm) solid state lasers, fiber lasers 
and direct diode lasers are widely used for LTTW. 
Short infra-red erbium fiber lasers (~1.4-1.50 µm) are 
a recent development for colored polymers. Short 
infra-red (1.9 – 2.0 µm) thulium fiber lasers and 
holmium lasers are a recent development for welding 
optically clear polymers [3]. 
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One of the major benefits of the near and short infra-
red lasers is that they are now very commonly 
transmitted to the work piece via flexible fiber optic 
cables. This dramatically simplifies the requirements 
of the complete motion system. A lightweight final 
optic, known as the laser machining head, can be used 
to manipulate the laser beam accurately and at high 
speed over the surface to produce the bond. Moving 
the laser beam rather than the work piece is more cost 
effective, especially when welding large aerospace 
components. Full CNC control ensures maximum 
flexibility of operation and many other significant 
infrastructure benefits.  

The relatively recent introduction of high average 
power near infra-red fiber lasers (compared to older 
technology fiber delivered lasers) as used in this work 
has made the LTTW process more attractive. These 
fiber lasers are widely known to be more stable and 
reliable than older fiber delivered lasers. In the case 
of fiber lasers, the laser beam is actually generated 
within the active fiber itself and no free space 
components are involved in the laser resonator. 
Increased reliability and stability are widely quoted 
benefits of this laser type.   

The use of the different fiber and filler combinations 
brings additional complications for the LTTW 
technique; as we have seen, this process relies on 
transmission of a significant amount of thermal 
energy through the upper layer of the joint through 
the interface to produce melting, wetting and bonding 
between the two faying layers. Long fiber 
reinforcement of both upper and lower layers with 
many different possible weave patterns and fiber 
types all affect the transmission and absorption of the 
laser light and hence complicate the process.  

Typically, un-pigmented or natural glass-fiber 
thermoplastics are laser welded because of greater 
transparency to IR wavelengths than pigmented 
material [4]. However, if the end application requires 
a pigmented finish, weight and cost may be reduced 
by using matrix-pigmented glass-fiber thermoplastic 

composite with a consequent improvement in the 
cosmetic appearance of the weld. This paper 
examines glass-PEI facesheets pigmented with 
titanium dioxide (Ti02) welded to carbon-PEI 
stiffeners. 

2 Basics of LTTW 
It is well known that for laser welding of polymers, 
only a low power density is required [3]. High power 
density as is required for metal processing causes 
almost instantaneous charring, and the carbon thus 
generated causes a dramatic increase in absorption, 
leading to rapid thermal runaway and irreversible 
damage. However, as is common with most welding 
processes, once an appropriate power density has 
been identified for a particular material combination, 
the two primary processing variables are laser power 
and process speed. Key derivative quantities that 
control the quality of laser welding, power density 
and line energy, are given below as Equation 1 & 2 
[6]. 

 𝑷𝑫 =  𝑷
𝐚

   (1) 

 
PD:power density [W/cm2] 

P: power [W] 
A: area of laser spot [cm2] 

 

𝑬𝒔 =  𝑷
 𝒗

    (2) 

 
Es: line energy [W s/m] 

P: power [W] 
ν: speed [m/s] 

 
It is also important to achieve high enough power 
density to achieve rapid melting of the polymer 
matrices to enable high melting and welding rates and 
to achieve high joint strengths [6]. It is also important 
to control line energy; too much heat input produces 
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bubbling or other degradation phenomena, too little 
line energy produces insufficient melting. 

3 Experimental procedure 
This is the second paper published as a part of a 
larger body of work aimed at using the flexibility of 
modern composite lay-up techniques to: 

1) Produce composite components that have 
the required combination of fibers and 
fillers to give the mechanical and 
cosmetic properties required. 

2) To understand the effect of fiber and 
filler properties on the laser transmission 
welding process.  

The first paper in the series reported transmissivity of 
many different variants and thicknesses of glass-PEI 
facesheets, thicknesses, as well as weld parameters 
and strength for un-pigmented (natural) glass welded 
to carbon-PEI stiffeners [7]. This paper reports weld 
strength, weld parameters, and micrographs of white-
pigmented glass-PEI facesheets welded to carbon-PEI 
stiffeners. 

4 LTTW trials 
Having selected the most promising candidate 
materials from the transmissivity trials, initial 
welding trials were performed using the near infra-red 
Ytterbium fiber laser shown in Figure 2. The 
particular model used produces a maximum average 
power of 250 watts average power, but for these 
initial trials a lower average power was required. The 
beam from the fiber laser is delivered via the 200 µm 
core diameter fiber to the laser output housing which 
is mounted on a moving head gantry, which is moved 
in X and Y axes over the stationary work piece.  

4.1 Weld tooling 

The clamping system used to establish the parameters 
and weld the test specimens is a non-contact method 
consisting of a transparent cover of borosilicate glass 

compressing the facesheet via multiple toggle clamps.  
The setup is illustrated in Figure 3. 

 

4.2 Spatial output of the fiber laser  

Although a wide range of laser beam spatial profiles 
can be produced from a single laser by choosing 
different fiber diameters and collimator focal lengths, 
a multi-mode laser was chosen for this work. The 
objective here was to produce a ‘flat-top’ beam to 
minimize overheating in the central part of the weld 
line. The particular fiber laser model chosen therefore 
has a standard 0.05 mm core diameter fiber and a 0.2 
mm ‘feed fiber’ that feeds the beam into the beam 
delivery optics. In this case, a 65 mm focal length 
collimator was used to change the diverging beam 
from the fiber into a parallel beam. This optical 
configuration produces a 4.2 mm diameter collimated 
(parallel) beam in the near infra-red range. An in-
process weld with a tracing beam is depicted in 
Figure 4. 

4.3 Material configurations 

The final materials evaluated for welding parameters 
and joint strength are identified in Table 1. 

4.4 Ranging trials: White-pigmented glass-PEI  
facesheets (S2_WP_0.25) 

Trials were performed to weld pigmented facesheets 
(S2_WP_0.25) to carbon (AS4_0°) stiffeners. Trials 
and parameters for welding S2_NAT_0.25 to AS4_0° 
are fully detailed in Reference 8 and not repeated 
here.  
 
For the initial qualitative assessment, five parameter 
configurations were evaluated: 
 

– A1.  40W; 10mm/s 
– B1.  60W; 10mm/s 
– 2.  60W; 9mm/s  
– 3.  60W; 8mm/s 
– 4.  60W; 7mm/s 
– 5  60W; 6mm/s 
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The welds were peeled back manually for the 
quantitative assessment. In the figure below, the 
carbon stiffener (AS4_0°) is at left, and the 
pigmented facesheet (S2_WP_0.25) at right. The test 
numbers are indicated next to the respective weld 
trials. 

As evident in the visuals, the weld failure mechanism 
changes from pulling matrix from the S2_WP_0.25 
facesheet at high speed (Weld 1) to pulling fibers off 
the AS4_0 stiffener at low speed as the heat 
penetrates further into the material (Weld 5). The 
specimen was sectioned across all 5 welds in a 
pristinely welded area. 6x micrographs were taken 
and stitched together in order to look for voids on a 
laminate level. A micrograph of the S2_WP_0.25 
facesheet welded to the AS4_0 at 4 mm/s is 
illustrated in Figure 6. 

For these weld parameters, small voids ~0.02-0.04 
mm are apparent near the center of the weld, however 
the majority of the weld line appears to be free of 
voids. 20x micrographs were taken in order to 
observe the intermixing of the PEI in the AS4_0 with 
the PEI in the S2_WP_0.25. Figure 7 shows, for each 
of the five weld locations, the interface at an area of 
the facesheet weave which is resin dominated, and 
near the center of the weld. 

The PEI in the AS4 stiffener appears slightly greyer 
than the white-pigmented PEI in the facesheet. In 
Weld 5, slightly more mixing of the matrices and 
fibers between the two laminates can be seen than for 
Weld 1. Weld 5, however, has a large void at the 
interface.  This void is likely due to under-heating 
along the center relative to the edges, and corresponds 
to the white strip in middle of Weld 5 in Figure 5. 

The welds were also analyzed for the five weld 
locations at areas were the weave is fiber dominated, 
shown in Figure 8. 

There does not appear to be a notable difference in 
the fiber-dominated interface regions of the weld, 

possibly indicating that the weld strength in these 
regions is not as sensitive to different weld 
parameters. 

Observations from the screening study are: 

– Destructive micrographs show location of 
significant void near the center of Weld 5. 

– Visual inspection of peeled laminates show 
white strip in center of Weld 5 – possible area 
of local deconsolidation or poor adhesion. 

– Qualitative peel strength is higher for Welds 
4 & 5 than 1-3. 

– The voids that were observed in the overall 
laminate appear to be limited to very a very 
small region at the center of the weld and at 
the weld interface.   

– The voids do not appear to extend into the 
facesheet or stiffener laminates. 
 

Because the Weld 4 micrographs showed no 
significant voids, had a qualitatively strong peel, and 
resulted in both facesheet and carbon fiber failure, the 
mechanical strength panels used parameters which 
produced visual results similar to Weld 4.  

4.5 Ranging trials: Hybrid pigmented/un-
pigmented (S2_HYB_0.5) facesheets 

Additional ranging trials were performed using the 
thicker 0.5 mm thick hybrid facesheet (S2_HYB_0.5) 
welded to the AS4/PEI (AS4_0) stiffener. Both sides 
of the hybrid facesheet are shown in Figure 9. 

To accomplish the weld, detailed adjustments to the 
control of the laser and welding process allowed 
increased average power to be used whilst avoiding 
the degradation and charring seen in earlier attempts. 
It was therefore possible to increase laser power as 
high as 134 watts in the collimated beam, 
corresponding to 122 watts at the work piece (after 
passing through the glass clamping plate). At powers 
higher than this, relating to a power density > 870 
W/cm2, rapid localized charring was seen if any 
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contamination was present. It was noted that this was 
particularly true in the case of the un-pigmented 
facesheets. The authors’ feel that this power density is 
the absolute practical limit for a production welding 
process as complete cleanliness will be very difficult 
to obtain in a manufacturing environment. 

5 Weld parameters for strength testing 
Developing appropriate tooling and understanding the 
line energy limits to the process enabled mechanical 
testing samples to be prepared at higher average 
power and higher weld speeds than in Section 4.4. 
The highest power of all was used for the 0.5 mm 
hybrid facesheet material. The welds for all tests of 
the 0.25 mm facesheets were performed at 70W and 
13mm/s using the same 4.2 mm collimated beam. 
Table 2 summarizes the weld configurations and 
parameters used for preparing the samples for 
strength testing. 

6 Strength testing 
Lap shear and flatwise tension (FWT) tests were 
performed on S2_WP_0.25 and S2_HYB_0.5 
facesheets welded to 1.0 mm AS4 _0 stiffeners. 
Additional tests on un-pigmented facesheets 
(S2_NAT_0.25) welded to AS4_0 stiffeners are also 
included here for comparison [7]. The tests represent 
between 3 and 8 replicates of each test type.  

Fabrication of the flatwise tension specimens was 
accomplished by first welding 100 mm x 150 mm 
facesheets to stiffeners of the same size. The welds 
were performed in two sets of three passes, each pass 
4-5 mm wide. The welded specimens are depicted in 
Figure 10. 

The welds on the white pigmented facesheet are 
barely visible to the naked eye. C-scans of the welded 
panels were performed with an Olympus phased-array 
OmniScan, shown in Figure 11. 

In the NDI scan, the blue represents areas of good 
transmission, while the red is poor transmission.  
Because of the extremely thin facesheet, the NDI 
resolution is limited, however overall the scan reveals 
intimate contact (good welds) with some notable 
variation from pass to pass. 

Next, specimens were sectioned from the welded 
plaques to final dimensions of 40 mm x 40 mm in 
order to eliminate edge effects, as depicted in Figure 
12. 

The area of the weld on each specimen between 
facesheet and stiffener measured 40 mm x 13 mm. 
Each specimen was bonded between 40 mm steel 
blocks using Hysol 9359.3 and tested according to a 
modified ASTM C297 method.  

The lap shear specimens were fabricated and tested 
according to ASTM 3165 (single shear) by welding 
100 mm x 150 mm facesheet and stiffener plaques 
together with an overlap of 5 mm. The lap shear 
length of 5 mm was selected based on the width of a 
single collimated beam w/o optics, and because this 
represents the smallest width expected in the aircraft 
application. Hence, the narrow welded lap shear test 
strengths incorporate necessary peaking factors for 
use in preliminary design values. To ensure the peel 
moment at the weld line was minimized, material 
matching the required thickness and modulus was 
bonded to the facesheet and stiffener, according to 
ASTM 3165. The test results are shown in Figure 13. 

The vertical bars represent one standard deviation. 
Load vs. displacement curves for representative lap 
shear specimens of each material configuration are 
shown in Figure 14, and the flatwise tension curves 
are shown in Figure 15. 

The flatwise tension plots are fairly linear to failure 
and similar in slope. The lap shear plots, in contrast, 
differ significantly between facesheet category. The 
un-pigmented glass loads up rapidly and gradually 
goes non-linear before failure. The pigmented and 
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hybrid facesheets, on the other hand, experience an 
extended linear period after an initial highly non-
linear region. Recalling that it is the un-pigmented 
side of the hybrid facesheet that is welded to the AS4 
stiffener—not the pigmented side—may be an 
indication that the strength difference is in the AS4 
stiffener, not in the facesheet. A future design of 
experiments will examine in more detail the failure 
mechanism for each configuration and whether the 
non-linearity is due to test effects or progressive 
failure in the specimen. 

A lap shear failure specimen is shown in Figure 16 
and a flatwise failure specimen is shown in Figure 17 

In the FWT test, both the stiffener and facesheet 
failed, indicating a good mixing of the matrices at the 
faying surfaces. In the lap shear test, there was white-
pigment resin observed on the AS4-PEI, however no 
carbon fibers are observed on the glass. 

7 Summary and conclusions 

7.1 Strength viability of laser through-

transmission welding 

This report has demonstrated the feasibility of fusion-
joining pigmented glass-PEI facesheets to carbon-PEI 
stiffeners using state-of-the-art fiber laser technology. 
The report documents the significant lap shear and 
flatwise tension strengths achieved for pigmented 
0.25 mm S2-PEI facesheets to AS4-PEI and 
stiffeners. It has also documented the viability of 
welding hybrid pigmented/un-pigmented 0.5mm S2-
PEI facesheets to AS4-PEI stiffeners. 

Although not quantified accurately in these trials it 
appears that, unlike other welding techniques, 
relatively low clamping pressure is required to keep 
the faying surfaces for these material configurations 
in contact for wetting and ‘reptation’ to occur. 
Reptation is described as the intermingling of long 

polymer macromolecules that is necessary to achieve 
successful bonding [5]. Further, as the micrographs in 
Figure 6-8 indicate, welds with little porosity are 
possible at very low clamping pressure. 

A major benefit from this fiber laser approach is that 
the high brightness (focusability) of the fiber laser 
enables a collimated or parallel beam to be used to 
achieve this approximately optimized power density 
used in these trials.  

Average laser powers of up to several kilowatts are 
currently available commercially, and scaling these 
results up to larger spot sizes, larger bonded areas and 
hence faster weld coverage rates is a relatively 
straightforward optical exercise.  

8 Further work 
Near term planned work is to expand the range of 
applications of this technique to include welding 
pigmented glass-PEI facesheets to glass-PEI 
stiffeners. Additionally, the optimum power density, 
line energy, power and speed will be established for 
each combination. 

Weld speeds can be enhanced using higher average 
power lasers and relatively simple optics to modify 
the laser beam.  
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10 Tables 
 

Table 1. Materials for Evaluation 

Configuration ID Description 

Facesheet Materials 

S2_NAT_0.25 S2-Glass weave (style 7781), PEI matrix, natural (no 
pigment), 0.25 mm thick, 0/90 fiber orientation 

S2_WP_0.25 
S2-Glass weave (style 7781), PEI matrix, white 
pigmented with TiO2, 0.25 mm thick, 0/90 fiber 
orientation 

S2_HYB_0.5 Hybrid laminate: 1-ply S2_NAT_0.25 and 1-ply 
S2_WP_0.25 

Stiffener materials 
AS4_0° 

AS4 (intermediate modulus carbon-fiber), PEI matrix, 
60% fiber volume, uni-directional laminate of layup 
[0/90]2s, 1.0 mm thick, 0° fiber orientation at faying 
surface (relative to load direction) 

AS4_90° Same as above, but with 90° fiber orientation at 
faying surface  

   
 

Table 2. Weld configurations and parameters 

Face-sheet Stif-fener Wave-length 
(nm) 

Weld Power 
(W) 

Weld Speed 
(mm/s) 

S2_NAT_0.25 AS4_0° 1070 70 13 
S2_WP_0.25 AS4_0° 1070 70 4 
S2_HYB_0.5 AS4_0° 1070 134 6 
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11 Figures 
 

 
Figure 1. Principle of through-transmission welding 

 

 
Figure 2. Output housing on Cartesian motion system 

 

 
Figure 3. Laser welding fixture 

 
Figure 4. In-process weld of pigmented facesheet 
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Figure 5. Pigmented glass facesheet welded to carbon stiffene

 

 
Figure 6. 6x laminate macro, S2_0.25_WP welded to AS4_0° 
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Figure 7. Weld interface comparison for different weld parameters, resin rich area 
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Figure 8. Weld interface comparison for different weld parameters, fiber dominant area

 

 

 
Figure 9. Hybrid facesheet (S2_HYB_0.5) prior to welding, 

backside (top) and front side (bottom) 

 

 
Figure 10. Flatwise tension welded plaques, pigmented 

facesheet side (top) and stiffener side (bottom) 
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Figure 11. NDI Scan of welded panel 

 

 
Figure 12. Welded panels sectioned for flatwise tension testing 

 
Figure 13. Strength of pigmented and un-pigmented 

facesheets welded to AS4/PEI 
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Figure 14. FWT: Load vs. displacement for representative 

specimen 

 

 
Figure 15: Failed lap shear stiffener (L) and facesheet (R) 

 
Figure 16. Failed flatwise tension stiffener (L) and facesheet 

(R) 

 

ICCM19 100



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction  

Composite materials provide design engineers with 

superior quality and long life span. Higher strength, 

lower weight and less maintenance have led to many 

engineering applications [1]. Further fore, one major 

advantage of natural fiber plastic composites is the 

capability to recycle the product either during the 

manufacturing process (internal recycling) or later at 

the end of the service life (external recycling) [2].  

It is important to bear in mind that the utilization of 

resources sparingly to their utmost benefits is an 

important strategy for conservation of natural 

resources. One such route is to recycle wood 

polymer composites (WPC) waste. Recycling 

reduces the raw material cost, it can help WPC 

manufacturers to gain competitive advantage on cost 

of raw materials while also conserving environment 

[3]. Hence, recycling of WPC waste is deemed 

appropriate in terms of economy, utilization and 

management of natural resource and environment. 

The survey of literature shows that available studies 

on the recycle-ability of WPC composites are so rare 

and only a few papers published up-to-date. Effect 

of recycling on properties of rice husk-filled-

polypropylene was studied which indicated slight 

decrease in tensile, flexural, impact properties, and 

water absorption [4]. Bourmaud and Baley [5] 

investigated the recycle ability of hemp and sisal 

fibers reinforced polypropylene composites. Their 

results showed that the mechanical properties are 

well conserved. Beg et al [6]. also investigated the 

effect of reprocessing of the wood fiber-PP 

composites in injection molding process and 

reported both decrease in tensile strength and 

Young’s modulus because of the fiber damage.  

As far as recycling of PVC-based WPC is 

concerned, no information is available. 

Investigations have, however, been carried out on 

composites based on polypropylene, polyethylene 

and other thermoplastics. Most of these studies have 

considered composites made with recycled           

 

 

 

post-consumer polymers and ‘‘fresh’’ vegetable 

fillers [7].  

At the end of the service life of PVC-containing 

products, several options are available for disposal 

and waste management. Of course, the first option is 

recycling and/or reuse into different useful products. 

The problem associated with the above solutions is 

the number or recycling cycles acceptable and with 

limited damage on PVC [8]. 

This work examines the impact of reprocessing on 

the structure and mechanical properties of PVC/alfa 

composites in with and without PVC-g-MA used as 

the compatibiliser by melt-processing in an internal 

mixer (Brabender plasticorder). Neat PVC was also 

reprocessed as a reference material. The effects of 

structural changes on the mechanical properties were 

determined by tensile tests. The morphology of the 

composites was studied by scanning electron 

microscopy (SEM). Dynamic-mechanical analysis 

(DMA) was used to analyse possible changes in the 

physical structure.  

2 Experimental 

2.1 Materials 

All the PVC/alfa formulations used in this work 

were based on PVC type SE-1200 provided by 

CABEL ‘‘Cablerie Electrique’’ located in Algiers 

(Algeria). The polymer has the following physical 

characteristics: Kwert (parameter that characterizes 

the viscosity of a material), 70.2–72.0; powder 

density, 0.521. The additives used in the preparation 

of the various formulations were dioctyl phthalate as 

a plasticizer, a thermal stabilizer system based on 

Ca/Zn, and stearic acid as a lubricant. The alfa used 

as reinforcing filler was collected at M’Sila in 

Algeria and its average particle size is around 125 

µm. The compatibilizer was the maleic anhydride-

grafted-polyvinyl chloride (PVC-g-MA). It was 

synthesized at the laboratory of organic materials, 

Study of the reprocessing effects on the behavior of the PVC/alfa 

composites compatibilized with PVC-g-MA 
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University A. Mira of Bejaia, Algeria [9]. The 

grafting content of maleic anhydride was 3.8 %. 

2.2 Preparation of the Composites 

PVC powder and the various additives were placed 

in a high-speed twin steel-wall mixer and processed 

at a speed of 3000 rpm at 70 °C, below the glass 

transition temperature of PVC. A Brabender 

Plasticorder mixing chamber (model W 50 EHT) 

was used for the melt blending of PVC with alfa 

fiber and compatibilizer. Mixing was performed 

with 50 rpm at 170°C for a time period of 5 min. 

Prior mixing, the PVC-g-MA compatibiliser and the 

fiber were dried at 80 °C for 24 h. The processed 

material was granulated and then subjected to four 

repeated cycles under the same operating conditions. 

For each cycle, a part of resulting material was 

compressed with the aid of hydraulic press after 5 

min heating at 170°C with a pressure of 30 bars. The 

sheets were allowed to cool to room temperature. 

The 1.5 mm thick plates obtained were then 

removed to be used in various characterizations. 

Sample compositions are listed in Table 1. 

Table 1 Formulation codes of PVC/alfa composites used 

3 Techniques 

3.1 Scanning electron microscopy (SEM) 

The morphologies of the fracture surfaces were 

observed by using a scanning electron microscopy 

(SEM) (Jeol JSM 6460LV). The specimens were 

fractured after immersion in liquid nitrogen. The 

fractured surfaces of specimen were coated with a 

thin layer of gold–palladium before SEM 

examination. 

3.2 Tensile test 

The tensile test for the composites was conducted 

using a MTS Synergie RT1000 (MTS, Eden Prairie, 

MN, USA) testing machine with a crosshead rate 

maintained at 2 mm min-1. Five measurements were 

conducted and average for the final result was 

considered. The dimensions of the calibrated part 

have a width = 4 mm and a length = 45 mm 

 

3.3 Steric exclusion chromatography (SEC) 

Samples before and after recycling were analysed by 

Sterical Exclusion Chromatography (SEC). For SEC 

experiments, a Shimadzu LC10AD system wasused 

in combination with a Shimadzu RID10A 

differential refractometer and a Shimadzu SPD 

10Avp UV dual wavelength detector. The column 

set was constituted of five 30 cm PL Gel columns. 

The solvent was analytical grade THF.  

3.4 Dynamic mechanical analysis (DMA) 

Dynamic mechanical analysis was conducted in a 

tension mode using a DMA 50 N (METRAVIB, 

ACOEM.). Temperature scans were run from -20 to 

120°C at a heating rate of 2°C/min using an 

elongation mode and the data presented in this study 

were run at 1Hz. The amplitude deformation was 10 

mm,  the loss factor (tanδ) were measured as a 

function of temperature. Sample dimensions were 

about 20 mm length, 5mm width and 2mm 

thickness. The main relaxation temperature Tg can 

be defined as the temperature at which the maximum 

of tanδ is reached. 

3.5 Thermogravimetric analysis (TGA) 

TG and DTG were carried out using Setaram TG-

DTA 92-10 instrument, in an inert atmosphere at a 

heating rate of 20 °C/min. The weights of samples 

were in the range of 10–20 mg and they were 

scanned in the temperature range starting from 25 °C 

to 700 °C. 

4 Results and discussion 

4.1 Scanning Electron Microscopy (SEM) 

The effect of reprocessing on the dispersion of alfa 

fiber in the PVC matrix and the interfacial adhesion 

between the alfa fiber and PVC matrix were 

investigated by using scanning electron microscopy 

(SEM) technique. Fig. 1(a) shown that after the 

addition of 20 wt.% of alfa fiber particles to PVC 

matrix, a pull out fiber  can be seen clearly. In 

addition, there was some fiber debonding as 

indicated by the circular as well as the longitudinal 

voids  indicating poor adhesion for composites 

without compatibilizer. Moreover, aggregates of 

various sizes are formed at the PVC surface. 

However, no clear gap is seen in the rough 

interfacial region between the PVC matrix and alfa 

fiber for compatibilised systems (Fig. 1(b)). The 

compatibilizer used in the PVC/alfa composite 

improve the interfacial interaction in the interface, 

which results in an enhancement of tensile strength. 

Nomenclature Composition wt.% 

PVC alfa PVC-g-MA 

PVC 

PVC/alfa 

PVC/alfa/PVC-g-MA 

100 

80 

75 

0 

20 

20 

0 

0 

5 
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Fig. 1(c) and (d) show the SEM micrographs of the 

fracture surface for both PVC/alfa and 

PVC/alfa/PVC-g-MA composites after four 

extrusion cycles, respectively. In both figures, it was 

obvious that alfa fiber was more compatible with 

PVC as indicated by rare pulled-out trace. Fig. 1(f) 

also show the reduction in diameter of the fibers to 

the micrometer scale after four cycles, in 

comparison to the pristine fiber shown in Fig. 1(e) 

confirming fibrillation. Fibers are not well observed 

on the composite surface, clearly evidencing their 

shortening as a consequence of the successive 

reprocessing of the composite. The pictures 

highlight the presence of bundles and long fibres 

after the first cycle (Fig. 1(e)). These bundles have 

nearly disappeared; only short and well separated 

fibres remain after reprocessing (Fig. 1(f)). The 

fibrillation created a better interfacial adhesion in the 

composites as a result of reprocessing. Other authors 

have also reported a severe shortening of the 

cellulose fibers length as the factor responsible for 

the increase observed for the mechanical properties 

of short-cellulosic fiber reinforced composites upon 

reprocessing [7,18].  

 

 

Fig. 1 SEM micrographs of fractured surfaces of (a) 

PVC/alfa and (b) PVC/alfa/PVC-g-MA composites before 

recycling, (c) PVC/alfa and (d) PVC/alfa/PVC-g-MA 

after four cycles  , (d) PVC/alfa/PVC-g-MA before 

reprocessing and (e) PVC/alfa/PVC-g-MMA after four 

cycles. (a), (b), (c),  and (d) ×100; (e) and (f) ×50. 

 

 

4.2 Mechanical properties 

Mechanical performance of WPC products was of 

major importance. To investigate the effect of 

reprocessing process on the mechanical properties, 

tensile test was carried out. 

Fig. 2 shows the evolution of Young’s modulus with 

the number of recycling for both neat PVC and 

PVC/alfa composites. The Young’s modulus for all 

composites with and without compatibilizer was 

higher than the value for neat matrix, as a 

consequence of the high modulus of lignicellulosic 

filler. After the first cycle, we can notice a 

considerable improvement of Young’s modulus with 

the addition of alfa fibers by almost 175 MPa 

passing from 246 MPa for the neat PVC to 421 MPa 

for PVC/alfa. The Young’s modulus of the 

composites containing PVC-g-MA is superior to the 

value observed for composites without 

compatibilizer. 

Recycling of pure PVC induces a slight increase in 

Young’s modulus; it is probably a consequence of 

the increase in molecular weight induced by 

reprocessing. 

 

 
 
Fig. 2 Young modulus of PVC, PVC/alfa and PVC/alfa 

/PVC-g-MA as a function of number of reprocessing 

cycles 

The degradation of poly (viny1 chloride) is a 

complex chain dehydrochlorination that consists of 

an initiation process to generate an active 

intermediate and a series of chain reactions that 

generates additional active intermediates with 

progressively increased numbers of double bonds. 
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The elimination of hydrogen chloride is one of the 

fundamental aspects of PVC decomposition. In the 

first stage, this reaction starts by the formation of 

one double bond followed by a very fast unzipping 

reaction, which leads to a polyene sequences in the 

backbone [12] (Fig. 3). If the levels of degradation 

are high, secondary processes are also observed 

during degradation. For example, the polyene 

sequences can react with one another, leading to a 

crosslinked network by Diels Alder process as 

explained in Fig.  4 [12-14].   

 

Fig. 3 Scheme of dehydrochlorination of PVC  

 

Fig. 4 Scheme of crosslink of PVC 

It can be seen from Fig. 2 that up to 4 reprocessing 

cycles, the Young’s modulus seems to be relatively 

changed for both PVC/alfa and PVC/alfa/PVC-g-

MA. For the PVC/alfa composites, the increase 

between the first and fourth cycle is very substantial, 

the values indicate that the Young’s modulus of 

PVC/alfa in the fourth cycle is 125% higher than 

that of the initial one. The same tendency is shown 

by young’s modulus of composites with 

comparibilizers. The better dispersion of particles 

inside the matrix could justify this effect. 

Variation of the tensile strength as a function of 

reprocessing cycles for neat PVC and PVC 

composite samples is shown in Fig. 5. The tensile 

strength of the neat PVC was 19.5 MPa against 9.5 

MPa for the composites at 20% fiber content.  

On the other hand PVC/alfa composites showed 

51% lower tensile properties in compare with PVC. 

Due to addition of compatibilizer, tensile strength 

improved 43% for those fibers composites which is 

because of ester linkage formation via PVC-g-MA 

between alfa fiber and polyvinylchloride matrix. 

Reprocessing seems to have no significant influence 

on tensile strength of the neat PVC. The average 

improvement was about 15 % after the second cycle, 

but after 3 cycles the polymer strength decreased by 

5.7%. The increase in tensile strength was highly 

significant for reprocessed composites. This 

appreciate change is due to the decrease in particle 

size of fiber induced by reprocessing. To explain 

differences between the mechanical properties of 

composites virgin and reprocessed samples, the main 

factors to be considered are as follows: wood 

particles size, wood particles dispersion, changes in 

molecular architecture of polymeric matrix and in 

the interfacial bonding between the two components. 

It has been reported that the smaller particle size 

results in a higher strength of the composite. It could 

be due to the better dispersion of fine particles in the 

matrix [15]. 
 

 

Fig. 5 Tensile strength and Elongation at break of PVC, 

PVC/alfa and PVC/alfa /PVC-g-MA as a function of 

number of reprocessing cycles 

The values of elongation at break for virgin and 

reprocessed PVC and their composites with and 

without compatibilizer are shown in Fig. 6. It is 

evident from the data that the ultimate elongation 

decreases with the number of processing cycles. 

That is, the material becomes progressively stronger, 

stiffer and less ductile. These observations can be 

explained by the formation of an increasing number 

of crosslink. According to Kaci et al [16] it is due to 

increased adhesion which leads to reduced 

deformability. Improved adhesion hinders the 

formation of large voids, thus preventing 

catastrophic failure. Moreover, the location of the 

compatibilizer at the interface between the two 

phases enhances the stress transfer and reduces 

particle size because of the emulsifying effect. 

Balatinecz et al [17] investigated the effects of 

repeated recycling on the properties of wood fiber-
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polyolefin composites. The results indicate a slight 

decrease in tensile strength for PP and PE 

composites. This was probably due to the reduction 

in the fiber aspect ratio as a consequence of 

reprocessing cycles. The changes in the modulus of 

PP and PE composites were minor in relation to 

repeated recycling. Due to the differing structures of 

polypropylene and polyethylene, different 

degradations are characteristic of each. In 

polyethylene, crosslinking is the primary 

degradation. In polypropylene, the primary 

mechanism is chain scission. 

 

 

Fig. 6 Elongation at break of PVC, PVC/alfa and 

PVC/alfa /PVC-g-MA as a function of number of 

reprocessing cycles 

4.3 Molecular weights 

Results summarized in Table 2 show that molecular 

weights of PVC and PVC/alfa composites increase 

strongly after reprocessing and this confirms the the 

formation of a crosslinked network induced by 

reprocessing. 

Table 2: Molecular weight of PVC samples and PVC/alfa 

composites witn and without PVC-g-MA before and after 

reprocessing  

Samples Mw (g/mol) Mw/Mn 

PVC cycle 1 185 700 02,13 

PVC cycle 3 214 700 03,04 

PVC/alfa cycle 1 220 900 03,55 

PVC/alfa cycle 3 425 400 11,55 

PVC/alfa/PVC-g-MA cycle 1 274 200 03,10 

PVC/alfa/PVC-g-MA cycle 3 652 500 10,00 

 

 

4.4 Dynamic mechanical analysis (DMA) 

Dynamic mechanical analysis is a reliable approach 

to examine the relaxation behavior of the materials. 

In order to evaluate the effect of the reprocessing 

thermomechanical properties were measured. The 

result of DMA analysis shown in Fig. 7(a) and (b) 

are exemplified by the loss tangent (tan δ) data for 

PVC, unmodified PVC/alfa composites and 

modified with PVC-g-MA at a loading of 5 wt.% 

before and after three cycles. The loss tangent for all 

composites reached a maximum in a temperature 

range of 40-60 °C; this relaxation corresponds to the 

Tg of PVC. The measurement can give knowledge 

about the interfacial behavior of composites. The 

peak position shifts if there are strong interactions 

between the matrix polymer and filler/reinforcement 

[19]. Fig. 7(a) illustrates the   tan δ curves after first 

cycle, clearly showing the reduction of the tan δ 

peak height with fiber incorporation. As respect Tg 

one can see that fiber incorporation caused the 

increase of the values. This is expected because the 

addition of alfa fiber in PVC increases the stiffness 

of the composites.  

 

 
Fig. 7 Tan δ as a function of temperature at 1 Hz stress 

frequency obtained by using DMA experiments for PVC, 

PVC/alfa and PVC/alfa/PVC-g-MA. a: cycle 1 and b: 

cycle 3. 
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The peak amplitude is decreased with the addition of 

compatibilizer, which indicates that the number of 

molecular segments involved has decreased due to 

improved adhesion between fiber and matrix.  

According Gajender Saini et al [20] the presence of 

rigid filler together with an excellent adhesion 

between the filler and the matrix resulted in 

restriction of the molecular mobility of the polymer 

and thereby resulted in enhancement of Tg. A slight 

improvement in the tan δ values with recycling is 

shown (Fig. 7(b)). However, the Tg of composites 

with and without compatibilizer is shifted a lot 

toward a higher temperature. The shift in the tan δ 

peak position also shows that the molecular motion 

is restricted, and this confirms the strong interaction 

between alfa fiber and PVC matrix after 

reprocessing.  

4.5 Thermogravimetric analysis 

The thermal stability and degradation behavior of 

PVC and its composites with and without 

compatibilizer in a nitrogen environment were also 

investigated by TGA before and after three cycles. 

The results are shown in Fig. 8(a) and (b). Similar to 

PVC, its composites exhibited two-stage 

degradation. The first stage was attributed to 

dehydrochlorination followed by the formation of 

the conjugated polyene sequences, whereas the 

second stage corresponded to the thermal cracking 

of the carbonaceous conjugated polyene sequences. 

[21] From the TGA curves, the temperature at 5% 

weight loss (T5%) and the temperature at 50% weight 

loss (T50%) were collected and are summarized in 

Table 2. T5% and T50% corresponded to the course 

of dehydrochlorination and backbone degradation, 

respectively. It can be seen in Fig. 8(a) the 

incorporation of the alfa fiber in PVC matrix 

decreases the onset decomposition temperature 

(T5%). This reduction can be attributed to the 

decomposition of the hemicellulose, which is less 

stable than cellulose and lignin. The addition of 

compatibilizer to the composites presents little 

influence on the thermal stability of the material. 

However, T50% of the composites shifted toward 

higher temperatures 7°C passing from 314 °C for 

neat PVC to 321°C for PVC/alfa with and without 

compatibilizer. The results indicate that the 

backbone degradation of PVC were delayed with the 

addition of alfa fiber and PVC-g-MA. Weight loss 

and the residues percentage of PVC/alfa composites 

with and without PVC-g-MA are lower than that of 

PVC. 

Furthermore, the DTG results indicate that the 

temperature of maximum rate of weight loss of the 

composites is improved and its value is around 252 

°C which is higher than the corresponding neat PVC 

(249 °C). All these due to the alfa fiber involved in 

PVC, and it also leads to reactions between alfa and 

PVC [9]. Therefore, by analyzing the thermograms 

of DTG, it was verified that the maximum 

degradation rate recorded during the first phase of 

degradation are definitely higher than the maximum 

temperature of the PVC. The reduction of the 

maximum decomposition rate is attributed to alfa 

fiber which hinders the diffusion of the volatile 

decomposition products. 

 

 

Fig.8 TGA/DTG thermograms of PVC, PVC and 

PVC/Alfa/PVC-g-MA composites recorded at a heating 

rate of 20 °C/min under N2 atmosphere. (a): cycle 1 and 

(b): cycle 4. 

Fig. 8(b) shows the TGA curves obtained for the 

third cycle reprocessed PVC and PVC/alfa treated 

and untreated composites. After three cycles, the TG 

results indicate that the T50% of the PVC and 

composites is increased 3°C, they are shifted 

towards higher temperatures comparing with the 
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ones obtained in the first reprocessing cycle. When 

discussing the reason of the increase observed for 

the three cycle reprocessed composites, it was 

indicated that the fiber is well dispersed and is 

surrounded by the matrix. By consequently the 

cellulosic reinforcement contained in the 

reprocessed composites is less prone to degradation 

than that contained in the original ones. 

5. Conclusion 

In this study, the effects of reprocessing on 

properties of PVC and PVC/alfa composites were 

investigated. Mechanical, dynamical and thermal 

tests were performed on the samples of composites 

with and without compatibilizer before and after 

four cycles. 

The results of the present study confirmed that 

generally the recycling process enhanced  tensile 

strength and Young modulus in the studied 

formulations. This is mainly due to better fiber 

dispersion, lower amounts of voids, better interface 

quality. These are clearly revealed through an SEM 

analysis. After reprocessing, the morphology of the 

composite materials indicates that the alfa fiber 

particles are uniformly dispersed and embedded in 

the polymer matrix. The bundles have nearly 

disappeared after the four cycles. 

The change in the structure of PVC after 

reprocessing which yields large crosslink evidenced 

by molecular weight measurements. 

Another intersting result from this work is that 

obtained about a dynamical properties. Our result 

demonstrate that the incorporation of alfa fiber and 

PVC-g-MA produce a decrease of the tan δ peak 

height. This behavior was attributed to the presence 

of the fibers themselves, to macromolecular chain 

mobility restrictions at the neighborhood of the 

fibers and to the development of better fiber/matrix 

adhesion specifically when compatibilizer are used. 

In addition, it is found that the reprocessing cycles 

increase in Tg of PVC and PVC/alfa composite . 

The shift in the tan δ peak position shows that the 

molecular motion is restricted, and this confirms the 

strong interaction between alfa fiber and PVC matrix 

after reprocessing. 

The thermal stability of PVC and PVC/alfa 

composites with and without compatibilizer before 

and after reprocessing has been studied. It is also 

observed that the maximum degradation rate is 

shifted to a slightly higher region in the case of 

composites than that of PVC, due to the higher 

thermal stability of the composites. The alfa fiber 

takes an important protective role in the PVC 

degradation by slowing down its decomposition rate. 

The reduction of the maximum decomposition rate is 

attributed to alfa fiber which hinders the diffusion of 

the volatile decomposition products. 

In short, this study indicate that PVC/alfa 

composites may represent good potential for 

utilization after multiple recycling specially with 

compatibilizer.  
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Abstract  

Attenuation of Lamb waves, both fundamental 

symmetric and anti-symmetric modes, propagating 

through carbon fiber reinforced polymer (CFRP) 

was modeled using the multi-physics finite element 

methods (MP-FEM) and compared with 

experimental results. Composite plates typical of 

aerospace applications were used and provide 

actuation using integrated piezoelectric wafer active 

sensor (PWAS) transducers. The MP-FEM 

implementation was used to combine electro active 

sensing materials and structural composite materials. 

Simulation results obtained with appropriate level of 

Rayleigh damping are correlated with experimental 

measurements. Relation between viscous damping 

and Rayleigh damping are presented and the effects 

on wave attenuation due to material damping and 

geometry spreading are discussed. The Rayleigh 

damping model was used to compute the wave 

damping coefficient at several frequencies for S0 

and A0 modes. The challenge of multi-modal guided 

Lamb wave propagation is discussed. 

 

1 Introduction 

Lamb waves (LW) are ultrasonic waves which 

propagate through plate-like structures and are 

employed for structural health monitoring (SHM) 

applications. Lamb waves features used for SHM are 

time-of-flight, mode conversion/generation, change 

in amplitude/attenuation, velocity, etc. [1]. 

Attenuation is often neglected in wave propagation 

analysis because of modeling complexities. In the 

case of fiber reinforced polymer (FRP), one of the 

main complexities involved in the propagation of 

guided waves is the attenuation effect. The different 

sources of energy dissipation in FRP are: (a) 

viscoelastic nature of matrix and/or fiber materials 

[2]. (b) damping due to interphase [3]; (c) damping 

due to damage [4]. (d) visco-plastic damping [5]. (e) 

thermo-elastic damping [5]. Numerical modeling of 

guided wave propagation helps understanding the 

interaction between the material damage and the 

guided waves. The finite element method (FEM) 

approach is traditionally used for modeling elastic 

wave propagation [6, 7]. Many authors modeled LW 

propagation through FRP media without considering 

the damping effect [8, 9]. However, if material 

attenuation is also incorporated in the FEM model, 

then SHM techniques based on the change in 

amplitude can be understood better. For this reason, 

the prediction of the attenuation of LW in FRP is a 

critical issue and needs to be developed and known 

in coordination with experimental data. The 

damping model is implemented in many commercial 

software packages (eq. ABAQUS). Viscous 

damping is the only dissipation mechanism that is 

linear and thus low cost, so that the motivation for 

its use in models is very strong. The most common 

viscous damping description is the Rayleigh 

damping model, where a linear combination of mass 

and stiffness matrices is used. This Rayleigh 

damping is defined as [10] 

     C M K    (1) 

where   and   are the mass and stiffness 

proportionality coefficients. The mass proportional 

damping coefficient   introduces damping forces 

caused by the absolute velocities of the model and so 

simulates the idea of the model moving through a 

viscous “medium” [11]. The stiffness proportional 

damping coefficient   introduces damping 

proportional to the strain rate, which can be thought 

of as damping associated with the material itself 

[11]. 
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In the present work, a Rayleigh damping model is 

used to study the damping of the guided Lamb wave 

in carbon fiber reinforced polymer (CFRP) 

composite laminates. We use composite plates 

typical of aerospace applications and provide 

actuation using integrated piezoelectric wafer active 

sensor (PWAS) transducers. The multi-physics finite 

element method (MP-FEM) implementation is used 

to combine electro active sensing materials and 

structural composite materials. Numerical studies 

show good correlation with experimental results 

with appropriate level of structural damping. The 

proportionality damping constants are shown to 

depend on the attenuation coefficient, group 

velocity, and central frequency of excitation. Thus 

estimated proportionality constants are used in 

numerical modeling to describe the material 

attenuation in the Lamb waves. 

 

2 Materials and Methods  

2.1 Material under Test and Experimental Set-up 

The structure under investigation is a CFRP plate 

consisting of a carbon-fiber fabric reinforcement in 

an epoxy resin (Figure 1). The plate dimensions are 
3390 395 2mm  . 

 

 
Figure 1: Picture the network of piezoelectric 

wafer active sensor bonded on the CFRP. 

 
The CFRP material is HexPly® M18/1/939; this is a 

woven carbon prepreg manufactured by Hexcel. 

This material is commonly used in aircraft industry. 

The plate plies have the orientation [0, 45, 45, 0]s. 

The CFRP material properties given by the 

manufacturer are presented in Table 1. 

Table 1: CFRP mechanical properties from 

Hexcel 

E11 E22 E33 
65 GPa 67 GPa 8.6 GPa 

ν12 ν13 ν23 
0.09 0.09 0.3 

G12 G13 G23 
5 GPa 5 GPa 5 GPa 

ρ   

1605 kg/m
3   

 

Twenty one PWAS transducers (Steminc SM412, 

8.7 mm-diameter disks and 0.5 mm-thick) were used 

for Lamb wave propagation experiments. The 

PWAS network bonded on the CFRP plate is shown 

on Figure 1. We performed experimental 

acquisitions from 10 to 600 kHz in step of 3 kHz, 

using the T-PWAS as transducer, and the other 

PWAS transducers as receivers. The excitation 

signals were three-count tone burst modulated 

through Hanning window, having maximum 

amplitude of 20 Volts peak to peak. The 

instrumentation consisted of an HP33120A arbitrary 

signal generator, and a Tektronix TDS210 digital 

oscilloscope. A LabView
TM

 computer program was 

developed to record the data from the digital 

oscilloscope, and to generate the raw data files. 

2.2 Dispersion Curves in the CFRP Specimen 

A computer code was developed [12] to predict the 

dispersion curves in a laminate composite using the 

analysis method developed by Nayfeh [13]. Figure 2 

shows the analytical and experimental group 

velocity curve of the average of all direction 

propagation paths. Only two modes are present, A0 

and S0 mode. The A0 mode velocity has a good 

match with the calculated dispersion curve. However 

a difference is found in the velocity of S0 mode. 

(The SH0 mode is not present because the PWAS do 

not excite and detect this guided wave type.) In 

order to improve the prediction of the dispersion 

curves, we updated the CFRP properties used in the 

analytical model (Table 2). Figure 3 shows a 

comparison between the experimental and the 

analytical group velocity curves after updating the 

CFRP properties. 

The velocity of A0 mode is still well matched with 

the calculated dispersion curve. The S0 curve is now 

fairly good agreement with the experimental results 
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Prediction of attenuated guided wave propagation in carbon fiber composites 
 

up to 200 kHz. Beyond 200 kHz, the experimental 

S0 group velocity seems to decrease more rapidly 

than the analytical prediction. This aspect may be 

due to the behavior of woven fabric laminates at 

high frequency which may become substantially 

different from the simplified assumptions of the 

analytical model. 

 

 
Figure 2: Experimental group velocity curve 

compared with the theoretical predictions using 

the mechanical properties from the 

manufacturer. 

 
Table 2: CFRP mechanical properties updating 

E11 E22 E33 
37 GPa 39 GPa 10 GPa 

ν12 ν13 ν23 
0.1 0.1 0.3 

G12 G13 G23 
5 GPa 5 GPa 5 GPa 

ρ   

1605 kg/m
3   

 

 
Figure 3: Group velocity comparison after 

updating the material properties in the analytical 

model. 

 

It is apparent from this comparison that the material 

properties are very important on the accuracy of the 

group velocity prediction. It is also important on the 

magnitude of the guided Lamb waves.  It is very 

important to know well the material properties in 

order to develop a SHM system for composite 

materials. 

2.3 Tuned Guided Waves in the CFRP Specimen 

Tuning of guided wave propagation in a specimen is 

beneficial for increasing the experimental accuracy 

and reducing the experimental error because it 

increases the signal strength. The tuning between 

PWAS transducers and guided waves in isotropic 

metallic plates is relatively well understood and 

modeled [1]. The gist of the concept is that 

manipulation of PWAS size and frequency allows 

the selective preferential excitation of certain guided 

wave modes and the rejection of other guided wave 

modes, as needed by the particular SHM application. 

A similar tuning effect is also possible in anisotropic 

composite plates [14, 15], only that the analysis is 

more complicated due to the anisotropic wave 

propagation characteristics inherent in composite 

materials and also due to the Rayleigh damping 

effect which propagation depends on frequency and 

the direction.  

 

 
Figure 4: PWAS tuning guided wave in 

composite for the S0 mode. 

 

Experiments on a CFRP with a PWAS transmitter 

and several PWAS receivers installed along various 

directions with respect to the fiber orientation. A 

three-count tone-burst modulated through a Hanning 

window, with frequency varying from 10 to 600 kHz 

in steps of 3 kHz, was used to excite the PWAS 

transmitter. At each frequency, the wave amplitude 

of the two guided wave modes: S0, and A0 was 
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collected. Tuning was observed when the amplitude 

of a certain mode peaked at a certain frequency. 

Figure 4 and Figure 5 show the PWAS tuning 

guided wave for S0 and A0 mode taking place at 

separate frequencies. The S0 mode reaches a peak 

around 300 kHz with a magnitude of 0.18 V and 

then decreases. The A0 reaches a peak around 90 

kHz with a magnitude of 0.03 V and then decreases. 

 

 
Figure 5: PWAS tuning guided wave in 

composite for the A0 mode. 

 

2.4 Multi-physics Finite Element Method 

The use of MP-FEM approach allows us to model 

the direct application of the excitation voltage at the 

T-PWAS and directly recording of the signal 

captured at the R-PWAS. The commercial software 

used in the present study, ABAQUS, is based on a 

central difference method using the implicit solver in 

time domain [11]. In preliminary studies [16, 17], 

we investigated how the group velocities of the S0 

and A0 waves vary with mesh density N L , 

where   is the wavelength and L  is the size of the 

element for an isotropic structure and developed 

guidelines for accurate modeling of wave 

propagation. Following these guidelines the plate 

was discretized with S4R shell elements of size 1-

mm in the xy  plane ( 23 and 8N N   elements per 

wavelength). Eight plies are used in the S4R element 

with the same orientation as the experimental plate 

described in Section 2.1. The PWAS transducers 

were discretized with the C3D8E piezoelectric 

element and assumed perfectly bonded to the plate at 

the locations shown on Figure 1. The piezoelectric 

material properties were assigned to the PWAS as 

described in [18]. The CFRP mechanical properties 

in the MP-FEM model are presented in Table 2. 

Thus, we modeled the electric signal recorded at the 

R-PWAS due to an electric excitation applied to the 

T-PWAS which generated ultrasonic guided waves 

travelling through the plate. 

 

3 Guided Wave Attenuation due to Material 

Damping for 2-D Propagation  

Lamb waves can have 1-D propagation (straight-

crested Lamb waves) or 2-D propagation (circular-

crested Lamb waves). Conventional ultrasonic 

transducers generate straight-crested Lamb waves. 

This is usually done through an oblique 

impingement of the plate with a tone-burst through a 

coupling wedge. Circular-crested Lamb waves are 

not easily excited with conventional transducers. 

However, circular-crested Lamb waves can be easily 

excited with PWAS transducers, which have 

omnidirectional effects and generate circular-crested 

Lamb waves propagating in a circular pattern. 

Circular-crested Lamb waves have the same 

characteristic equation and the same across the 

thickness Lamb modes as the straight-crested Lamb 

waves. The main difference between straight-crested 

and circular-crested Lamb waves lies in their space-

wise dependence, which is a trough harmonic 

function in the first case and through Bessel 

functions in the second case. In spite of this 

difference, the Rayleigh-Lamb frequency equation, 

which was developed for straight-crested Lamb 

waves, also applies to the circular-crested Lamb 

waves. Hence, the wave speed and group velocity of 

circular-crested are the same of straight-crested 

Lamb waves.  

Figure 6 shows a prediction of circular-crested Lamb 

waves in a plate generated by a PWAS bonded on a 

composite plate. This snapshot is obtained using the 

MP-FEM simulation described in section 2.4. The 

attenuation of Lamb wave may be due to many 

different factors; the four most important ones are 

[19]: (a) Geometric spreading of the circular wave 

front; (b) Material damping due to internal energy 

dissipation; (c) Wave dispersion; (d) Dissipation into 

adjacent media for plates submerged in liquid. The 

attenuation due to wave dispersion is a result of a 

frequency dependence of wave velocities. As a 

particular wave packet is composed of different 

frequencies, these frequency components travel 

differently in time leading to a dispersion of the 

wave packet and lowering the apparent amplitude of 
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the wave packet. The geometric spreading 

describes the loss of amplitude due to the growing 

length of a wave front spreading out into all 

directions as illustrated in the MP-FEM simulation 

of Figure 6. 

 

 
Figure 6: Simulation of circular crested plate 

wave propagation in a plate. 

 

Figure 7 shows how the signal received at different 

distances from the source decreases in amplitude due 

to geometric spreading. The effect of the geometric 

spreading is a magnitude attenuation with distance 

which may be confused with “damping”. 

 

 
Figure 7: 2D MP-FEM damping-less simulation: 

S0 signal received at different distance from the 

source displays the effect of the geometric 

spreading attenuation only. 

The combined effect of geometric spreading and 

material damping can be modeled as follows. In the 

case of single-frequency wave propagation in a 

circular wave-front through a plate with material 

damping, we can write [20] 

 1
( , )

i t rrr t A e e
r

 
  

(2) 

where r  is the distance between the T-PWAS and 

the R-PWAS, A is the magnitude of the signal. Eq. 

(2) indicates that the decrease in wave amplitude 

with propagation (i.e. wave attenuation) consist of 

two components, one due to geometric spreading, 

1 r , and the other due to structural damping, re  . 

Plotting the magnitude of the signal received as 

shown on Figure 7 versus the distance, we can curve 

fit Eq. (2) these values. Figure 8 shows such curve 

fitting using the magnitude of the un-damped MP-

FEM signal versus distance.  
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Figure 8: Curve fitting of the MP-FEM results 

without damping. In this case the attenuation is 

only due to the geometric spreading and with 

curve fitting with ( 0.5259; 0)A   . 

 

4 Results and Discussion  

4.1 Simulation of Rayleigh Damping Coefficients 

Effects using MP-FEM Software 

This section will present the effect of using the mass 

or the stiffness proportional coefficients on the 

received signal 

The MP-FEM received signal at different distance 

from the source with 
80; 5 10    

 
was 

simulated. Figure 9 shows the variation of 
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magnitude of the damped MP-FEM signal received 

versus the distance.  
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Figure 9: 2D MP-FEM simulation curve fitting of 

the peak to peak magnitude versus the received 

distance signal when the damping ratio is 5% 

 80; 5 10     and curve fitting with 

( 0.4; 15)A   . 

 
The MP-FEM signal received at different distance 

from the source with 120000; 0   was 

simulated. Figure 10 shows the variation of 

magnitude of the damped MP-FEM signal received 

versus the distance.  
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Figure 10: 2D MP-FEM simulation curve fitting 

of the peak to peak magnitude versus the 

received distance signal when the damping ratio 

is 5% ( 120000; 0   ) and with curve fitting 

with ( 0.47; 15)A   . 

 

As shown on Figure 9 and Figure 10, the curve of 

the geometry spreading, i.e. 1 r , and the other 

due to structural damping, i.e. re  , fit very well 

the simulated data when the wave damping 

coefficient, 15  .  

This is very interesting because we can obtain the 

same simulated results using the stiffness 

proportional damping, or the mass proportional 

damping.  

4.2 Estimation of Rayleigh Damping Coefficients 

for Multi-modal Guided Waves 

The essential parameter required to estimate the 

Lamb wave attenuation due to material damping is 

the wave damping coefficient,  . The determination 

of   is straight forward in straight-crested guided 

waves because the wave attenuation can be easily 

traced to an exponential decay re  . However, the 

generation of 1-D guided Lamb waves in physical 

experiments is very difficult and quite impractical. 

Much easier is the generation of guided waves from 

a “point” source, much as a small PWAS transducer. 

But, in this case, the guided waves front is not 

straight but circular. As already discuss, a circular 

wave front attenuated due to a combination of at 

least two confounding effects: (a) geometric 

spreading; and (b) material damping. Although our 

focus is interest is to determine the material 

damping, this cannot be done alone and the 

concurrent effect of geometric spreading must be 

also considered as illustrated in Eq. (2). Another 

associated difficulty is the multi-modal character of 

the Lamb waves where S0 and A0 modes coexist 

simultaneously. This latter aspect may be mitigated 

by exploiting the PWAS mode tuning properties 

[14]. In order to address this, we developed a 

methodology for extracting a value for the damping 

coefficient   from experimental 2-D propagation 

guided wave signals using a curve-fitting approach.  

In our previous work [20], we showed that the 

magnitude of the S0 mode tuned at 300 kHz 

decreases as the law described in Eq. (2) which 

combines geometry spreading, 1 r , with the 

structural damping, re  ; a good fit to the 

experimental data was obtained for 15  .  
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However, we were surprised by the anomalous 

behavior of the A0 mode tuned at 90 kHz, which did 

not seem to follow the law described by Eq. (2) [20]. 

This was maybe due to the dispersion effects that 

modifies the wave amplitude. Ideally, Eq. (2) should 

apply to a single frequency excitation, but this is 

impractical in experiments using the tone burst 

excitation and wave packets.  

To compare and understand the effect of geometric 

spreading and material damping on combined S0 

and A0 modes, a study was also performed at the 

excitation frequency of 150 kHz when both S0 and 

A0 modes are present. In our previous work [21], we 

showed that the experimental attenuation curve 

fitting for S0 mode follows the curve with combined 

geometry spreading and the structural damping with 

a wave damping coefficient of 6  . Moreover, this 

wave damping coefficient was in good agreement 

with our MP-FEM results [21]. We also showed that 

the attenuation of the A0 wave magnitude seems to 

follow the structural damping model while ignoring 

the geometric spreading, i.e., different from Eq. (2) 

[21]. We were surprised by this contradictory result, 

especially since the S0 mode tuned at 300 kHz did 

follow Eq. (2) quite well. This anomalous behavior 

of the A0 mode may be due to the dispersion effects 

that modifies the wave amplitude.  

Ideally, Eq. (2) should apply to a single frequency 

excitation, but this impractical in experiments using 

the tone burst excitation and wave packages. 

Dispersion induced attenuation is hard to observe 

and has been little studied; one alternative would be 

to perform the study in terms of wave packet total 

energy instead of maximum wave amplitude. The 

wave packet energy can be expressed as 

1

0

2

( )
t

t
E x t dt 

 (3) 

Where, ( )x t  is the time signal received by the T-

PWAS, 0 1andt t  are the time window where the 

wave packet of interest is. 

Figure 11 shows the attenuation curve fitting using 

the energy of the S0 mode wave packet which 

follows the curve with combined geometry 

spreading and the structural damping with a wave 

damping coefficient 18.138  .  

Figure 12 shows the damping curve fitting for A0 

mode which follows the curve with combined 

geometry spreading and the structural damping only 

structural damping, with a wave damping coefficient 

16.008  . 
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Figure 11: Experimental curve fitting at different 

distance at 150 kHz for the S0 mode with 

( 0.5638; 18.138)A   using wave energy. 
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Figure 12: Experimental curve fitting at different 

distance at 150 kHz for the A0 mode with 

( 0.3645; 16.008)A   . 

 

Knowing the wave damping coefficient  and the 

group velocity for a given frequency, we can plot the 

mass proportional damping   versus the stiffness 

proportional damping   using the equation: 

 2
0

1

2
c     

(4) 
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The difficulty appears when the guided wave 

propagation is multi-modal, i.e. at 150 kHz. Figure 

13 shows the    curves at 150 kHz for S0 and A0 

mode. It is apparent that the    curves do not 

intersect, i.e. we cannot find a common combination 

of   and   that simultaneously satisfies the A0 and 

S0 modes. 

 

 
Figure 13: Model of   versus   (Rayleigh 

damping coefficients) for the CFRP laminate at 

150 kHz for S0 and A0 mode. 

 

4.3 Simulation of the Guided Wave Propagation 

with Rayleigh damping for multi-modal Lamb 

waves 

The MP-FEM simulation was carried out on a CFRP 

laminate described in the section 2.6 to determine 

the attenuation coefficient. A 150 kHz three-tone 

burst modulated by a Hanning window with a 20 

Volts maximum amplitude peak to peak was applied 

to the top surface of the T-PWAS. Due to the 

dispersion curves presented in section 2.2 and the 

tuning effect described on section 2.3, both S0 and 

A0 modes are present at this frequency.  

Figure 14 shows the comparison between the MP-

FEM simulation and the experimental signal 

measured at R-PWAS placed at 100 mm from the T-

PWAS. A Rayleigh damping was used; the stiffness 

proportional coefficient 86.10   corresponds to 

the S0 mode attenuation shown in Figure 13.  

Figure 14 shows that the excitation frequency of 150 

kHz, two guided wave modes are present, S0 and 

A0. The A0 mode is considerably slower than the S0 

mode and its magnitude is smaller than the S0 

magnitude; this agrees with the tuning curve in 

section 2.5. However, for this stiffness proportional 

coefficient 86.10  , the MP-FEM magnitude for 

the A0 mode is smaller than the experiment value, 

i.e. the damping coefficient is too big to simulate the 

experimental results. 

 

 
Figure 14: Comparison between the experimental 

and the MP-FEM received signal at 100 mm from 

the T-PWAS at 150 kHz with 80and 6.10    . 

 

Figure 15 shows the comparison between the MP-

FEM simulation and experimental electric signal 

measured at R-PWAS placed at 100 mm from the T-

PWAS with the stiffness proportional coefficient 
82.10   which corresponds to the A0 mode 

attenuation shown in Figure 13. With this stiffness 

proportional coefficient 82.10  , the MP-FEM 

signal for the S0 and the A0 modes are in better 

agreement with the experimental signal.  

 

 
Figure 15: Comparison between the experimental 

and the MP-FEM received signal at 100 mm from 

the T-PWAS at 150 kHz with 80and 2.10    . 

 

However, the MP-FEM signal between the S0 mode 

packet and the A0 mode packet is different from the 

experimental signal. This different signal may be 

due to the scattering effect by the other bonded 

PWAS on the guided wave propagation path 

between the T-PWAS and the R-PWAS as described 

on the MP-FEM snapshot on Figure 16. 
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Figure 16: Snapshot of the guided Lamb wave 

propagation showing the scattering due to the 

bonded PWAS on the guided wave propagation 

path between the T-PWAS and the R-PWAS. 

 

In addition, we may attribute these phenomena to a 

micro defect that we observed in the structure as 

shown on the scanning acoustic microcopy picture 

on Figure 17 and Figure 18.  

 

 
Figure 17: Scanning acoustic microscopy of the 

first layer at 0/90 degree. 

 

Indeed, on the first layer (0/90 degree) and on the 

second layer (45/-45 degree), we observe some area 

of resin pocket and lake of resin, respectively. These 

micro defects can create some scattering effect 

and/or conversion mode on the guided wave which 

is observed on the received signal on Figure 15. 

 

 
Figure 18: Scanning acoustic microscopy of the 

first layer at 45/-45 degree. 

 

5 Conclusion  

This paper has presented numerical and 

experimental results on the use of guided wave for 

structural health monitoring (SHM) in viscoelastic 

composite material. Guided wave simulation was 

conducted with the multi-physics finite element 

method (MP-FEM) in a multi-layer composite 

material. The simulated electrical signal was excited 

at a T-PWAS and measured at a R-PWAS using the 

MP-FEM capability.  

Relation between viscous damping and Rayleigh 

damping were presented and a discussion was done 

about wave attenuation due to material damping and 

geometry spreading. It was found that the mass or 

stiffness proportional damping coefficients have the 

same effect on the attenuation of guided waves for 

the S0 mode. The Rayleigh damping model was 

used to compute the wave damping coefficient for 

S0 and A0 mode. The multi-modal guided wave 

propagation was also examined by excitation at 150 

kHz where both the A0 and S0 modes are present. 

We found that the reduction in energy for S0 and A0 

modes packet obey a law that incorporates both 

geometry spreading and structural damping. It was 

found that the mass and/or stiffness proportional 

damping coefficient are different for each mode. 

Nonetheless, using these coefficients, we were able 

ICCM19 117



to simulate these two modes using our MP-FEM 

approach with high accuracy.  
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1 Introduction 

Over past decades, tremendous researchers have 

paid their attention to developing dielectric materials 

with high permittivity (high k) which are very 

important for the fabrication of high energy density 

capacitors.[1] Polymers, such as polyethylene (PE), 

polypropylene (PP), and poly(vinylene fluoride) 

(PVDF) have long been used as dielectric media for 

flexible capacitors due to their high electrical 

breakdown strength, light weight, low cost, and 

processing flexibility. However, the relatively low 

dielectric constant (ε) severely limits the application 

of polymers as dielectrics for modern high energy 

density capacitors. Thus, it is natural to design and 

fabricate high k composites by using polymers as 

matrix and species of high dielectric constant as 

fillers. 

Up to now, there are mainly two types of fillers 

have been widely incorporated within polymers to 

enhance their dielectric constant.[2] One is ceramic 

particles with high dielectric constants, and the other 

is conductive materials including carbon black (CB), 

carbon nanotubes (CNTs), graphene, metal 

nanoparticles, conjugated polymers, etc. Each type of 

fillers evaluates the dielectric permittivity of 

polymers through quite different mechanisms. By 

adding high k ceramics into polymer matrix, the 

effective ε of resultant composites can only be 

increased to several tens when the volume content of 

ceramic fillers exceeds 50 %.[3, 4] This will 

obviously lead to the deterioration of mechanical 

properties and processability of obtained 

polymer-based composites. In contrary, the effective 

ε of polymer composites can be dramatically 

enhanced by adding a small volume fraction of 

conductive fillers. A large enhancement up to several 

orders of magnitude in the effective ε of polymer 

composites can be observed near the 

insulator-conductor percolation.[5-7] Despite the 

large enhancement in ε, the introduction of 

conductive fillers into polymer matrix can also give 

rise to the increment of dielectric loss and leakage 
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current, which severely limits the application of 

resultant composites as dielectrics for high energy 

density capacitors. In fact, how to developing 

high-performance polymer composites with high k 

and low dielectric loss by using fillers of as low 

concentration as possible is still a key challenge to 

meet modern electronic device requirements. 

Ternary polymer composites co-filled with 

conductive and high k inorganic fillers can display 

improved dielectric properties than those of binary 

composites filled with either type of fillers. For 

example, Nan et al. have first proposed and 

demonstrated a ternary polymer composite, wherein 

conductive spherical nickel particles and 20 vol% of 

barium titanate (BT) nanoparticles were incorporated 

with PVDF, showing a high k of 800 at 100 Hz near 

the percolation threshold of nickel particles.[8] 

Conductive fillers with high aspect ratios, such as 

carbon fibers and CNTs, have long been employed to 

construct ternary high k polymer composites with low 

percolation thresholds. For instance, a PVDF-based 

composite with a high k of 150 at 100 Hz was 

realized by blending with 1 vol% of multi-walled 

CNTs and 15 vol% of BT nanoparticles.[9] Recently, 

graphene has attracted intensive attention for its 

two-dimensional (2D) structure and superior physical 

properties including high Young’s modulus and 

fracture strength, high thermal conductivity, high 

electrical conductivity and mobility of charge 

carriers.[10-12] Due to the large aspect ratio, 2D 

graphene nanosheets have been demonstrated as an 

excellent conductive filler to fabricate percolative 

polymer-based composites with ultralow percolation 

thresholds.[13-15] Recently, many efforts have been 

devoted to the fabrication and dielectric properties of 

polymer composites filled with graphene,[7,16-19 

wherein the 2D nanosheets were obtained through 

either thermal reduction or chemical reduction from 

graphene oxide (GO). Very recently, ternary polymer 

composites co-filled with thermally reduced graphene 

oxide (TRGO) and high k ceramics have also been 

reported.[20-22] For instance, Tjong et al. have 

demonstrated that the TRGO-BT/PVDF 

nanocomposites can show a high k of 50 and a low 

loss factor of 0.072 at 1 kHz.[20] However, to our 

knowledge, studies about the fabrication and 

dielectric properties of ternary polymer composites 

co-filled with chemically functionalized graphene 

nanosheets and high k ceramic nanoparticles are rare 

in literatures. 

In this work, we report the fabrication and 

dielectric properties of a novel composite system 

consisting of poly(vinylidene fluoride), 

surface-functionalized graphene nanosheets, and BT 

nanoparticles (fRGO-BT/PVDF). This composite 

co-filled with conductive graphene nanosheets and 

high k ceramics shows a high ε (65) and a relatively 

low dielectric loss (tan δ = 0.35) at a high frequency 

of 1 MHz. 

 

2 Experiments 

2.1 Materials and Characterization 

PVDF powder (FR903) with the melt flow rate of 

2 g/10 min was purchased from Shanghai 3F New 

Material Co. Ltd. Graphite powder (GP, Sinopharm 

Chemical Reagent Co. Ltd.) with the size of 300-400 

mesh was sieved out prior to use. The BT 

nanoparticles were commercial products with the 

average diameter of 100 nm and used as received 

without any further treatment. All other chemicals 

and solvents were obtained as analytical grade 

products and used without further purification. 

Atom force microscopy (AFM) was performed by 

using Nanoscope-IIIa scanning probe microscope in 

the taping mode. The samples for AFM observation 

were prepared by spin-coating dilute DMF dispersion 

of RGO and fRGO on pre-cleaned silicon wafer. 

scanning electron microscopy (SEM) observation 

was performed on a Hitachi S4700 microscope with 

an accelerating voltage of 20 kV. The samples were 

frozen in liquid nitrogen and the resulting freshly 

fractured surfaces were examined. Dielectric 

properties of the nanocomposites were measured 

using an Agilent 4294A impedance analyzer system. 

Before measurements, electrodes were painted with 
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silver paste onto both sides of the tablet samples. 

2.2 Preparation of polyaniline-functionalized 

RGO (fRGO) hybrid nanosheets 

Graphite oxide was first prepared from natural 

graphite powder through a modified Hummers 

method.[23] An emeraldine base form of polyaniline 

was then synthesized by oxidative coupling of aniline 

as reported previously.[24]  

The emeraldine base of polyaniline was dissolved 

in N,N-dimethylformamide (DMF) at a concentraiton 

of 10 mg/mL by stirring the solution overnight and 

then was sonicated for 12 h. The solution was then 

filtrated with filter paper to remove the undissolved 

polyaniline particles. The resultant solution was left 

for another 24 h in an ultrasonic bath to ensure the 

complete dissolution of polyaniline in DMF. 

Meanwhile, graphite oxide was exfoliated through 

ultrasonication to form a DMF dispersion of 

graphene oxide (GO) with a concentration of 1 

mg/mL. To prepare fRGO, 50 mL of polyaniline 

dispersion was mixed with 50 mL of GO dispersion. 

After 1 mL of hydrazine was successively added in, 

the mixture was heated at 90 
o
C for 4 h under 

vigorous stirring. The mixture was then filtrated with 

a 0.8 μm nylon membrane, washed excessively with 

DMF. The obtained fRGO nanosheets were 

redispersed into DMF through ultrasonication prior to 

use. 

2.2 Fabrication of the fRGO/PVDF and the 

fRGO-BT/PVDF nanocomposites 

The fRGO/PVDF and fRGO-BT/PVDF 

nanocomposites were fabricated through a two-step 

approach. Desired amount of fRGO nanosheets and 

BT nanoparticles were premixed in DMF through 

ultrasonication to form a stable homogeneous 

dispersion. The dispersion was then added into a 

PVDF solution. The mixture was further stirred for 2 

h at 80 
o
C and casted on a precleaned glass plate to 

form a thin film. After dried at 70 
o
C for 3 days, the 

obtained thin films were stacked together and molded 

by hot-pressing at 200 
o
C under a pressure of 15 MPa 

to give tablet samples with the diameter of 12 mm 

and the thickness of 1 mm. 

3 Results and Discussion 

To suppress the enhancement in dielectric loss of 

polymer matrix, fRGO nanosheets with a “core-shell” 

structure, which were composed of chemically 

reduced graphene oxide wrapped by insulating 

polyaniline (leucoemeraldine) through π-π stacking, 

were selected as the conductive filler. Many 

literatures have reported that the dielectric properties 

of polymer composites filled with conductive 

particles often suffer from high loss factor and high 

leakage current because of the conduction nature of 

the fillers.[1] Xu et al. have first demonstrated that by 

using core-shell particles in which the conductive 

particles are decorated with insulating shells can 

efficiently reduce the increment in dielectric loss of 

polymer composites because of the restriction of 

insulating layers on electron transfer between 

conductive particles.[25] Recently, we have found 

that the surface functionalization of CNTs with 

insulating polyaniline can not only enhance their 

compatibility with polymer matrix but also endow the 

resultant polymer composites with improved 

dielectric properties.[24] Thus in this work we 

prepared the polyaniline-functionalized graphene 

(fRGO) nanosheets with an 

insulator-conductor-insulator sandwich structure and 

investigated the structural effect on the dielectric 

properties of PVDF. The fRGO nanosheets were 

prepared by reducing exfoliated graphite oxide in the 

presence of polyaniline.  

  The as-prepared fRGO nanosheets were carefully 

characterized by Raman, XPS, and AFM methods. 

The detail characterization data can be found in a 

previous paper of our group.[26] The results clearly 

verified that polyaniline chains have been 

successfully absorbed onto RGO nanosheets through 

non-covalent interactions. A typical AFM image of 

fRGO nanosheets is reappeared as Fig. 1. It can be 

observed that after functionalization with polyaniline 

the thickness of RGO nanosheets increased from 1.1 

nm to 2.8 nm. According to these thickness values, 

the weight ratio of RGO to polyaniline in fRGO can 
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be calculated to be 1.1. This ratio is further used to 

calculate the volume fraction of fRGO nanosheets in 

PVDF composites. 

  To invetigate the dielectric properties of ternary 

fRGO-BT/PVDF nanocomposites, the dielectric 

properties of binary RGO/PVDF and fRGO/PVDF 

nanocomposites were firstly examined. Fig. 2a and 

2b shows the variations of dielectric permittivity of 

RGO/PVDF and fRGO/PVDF composite films with 

the alternating electric field frequency at room 

temperature, respectively. A common feature that can 

be seen in both figures is that the addition of RGO or 

fRGO increases the dielectric permittivity of PVDF 

host. The promotion in dielectric permittivity can be 

mainly attributed to a gradual formation of 

microcapacitor networks in the PVDF matrix as the 

volume fraction of conductive fillers increases. The 

microcapacitors consist of RGO or fRGO 

nanoplatelets separated by a thin insulating PVDF 

layer. For the composites filled with conductive 

fillers, the percolation theory depicts that the 

variations of dielectric constant with frequency 

follows a power law as the filler content approaches 

percolation threshold. In our composite system, the 

power law can be expressed by the following 

equation: 

εeff ∝ εPVDF (fc - f)
-s 

 for f < fc     (1) 

where εeff represents the dielectric constant of 

composites, εPVDF is the dielectric constant of PVDF, f 

is the volume fraction of filler, fc is the percolation 

threshold and s is the critical exponent. The 

numerical fitting of the experimental data according 

to the equation (1) gives fc(RGO) = 2.45 vol% and 

fc(fRGO) = 1.49 vol%. 

To further understand the effect of the polyaniline 

shell on the dielectric properties, nanocomposites 

filled with 1.76 vol% of RGO and 1.40 vol% of 

fRGO were compared. Both of the filler contents in 

the samples are close to, but slightly less than, the 

percolation threshold. As shown in Fig 3, the 

dielectric permittivity of the samples decreases 

exponentially with an increase in frequency at 

low-frequency region (10
2
-10

5
 Hz). When the 

frequency is over 10
5
 Hz, the dielectric permittivity 

attains a relatively stable value. The frequency 

dependence behavior of the dielectric constants in the 

low-frequency range should be mainly ascribed to the 

Maxwell-Wagner-Sillars (MWS) polarization. It is 

noted that the fRGO/PVDF nanocomposite exhibits 

higher dielectric constants than that of RGO/PVDF at 

lower frequency region (< 10
4
 Hz). 

  For the composites filled with fRGO nanosheets, 

although a high εeff of ca. 300 can be achieved near 

the fc, the simultaneously increased dielectric loss 

makes the composites unacceptable for the practice 

use as dielectric materials. Thus four fRGO/PVDF 

composites with the ffRGO of 0, 0.63 vol%, 0.94 vol%, 

1.25 vol%, wherein the ffRGO is far away from the fc, 

were chosen as matrices to fabricate 

multi-component fRGO-BT/PVDF nanocomposites. 

The four nanocomposites were denoted as Matrix-1, 

Matrix-2, Matrix-3, and Matrix-4, respectively. 

The dielectric permittivity of fRGO-BT/PVDF 

nanocomposites with different contents of fRGO and 

BT over different frequencies at room temperature is 

shown as Fig. 4. For a given fRGO content, the εeff of 

the nanaocomposites at a fixed frequency increases 

with the fBT. Under the same BT loading, the 

nanocomposite with higher fRGO content clearly 

exhibits higher εeff. These observations are reasonable 

because both conductive fRGO nanosheets and high k 

BT particles can enhance the permittivity of PVDF. It 

is worth mentioning that the two types of fillers 

enhance the permittivity of PVDF through quite 

different mechanisms. The εeff of composites filled 

with high k BT particles can be well explained and 

predicted by the effective medium theory, while the 

dielectric properties of composites filled with 

conductive fRGO nanosheets follow the percolation 

model. It can also be found that the permittivity of 

fRGO-BT/PVDF nanocomposites becomes more 

frequency dependent as the fRGO content increases. 

For instance, the εeff of Matrix-2 with 30 vol% 

loading of BT gradually decreases from 60 to 38 as 

the frequency increases from 100 Hz to 1 MHz, 

which is reduced by 36.7 %. In contrast, the εeff of 
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Matrix-4 with 30 vol% loading of BT decays from 

243 to 65 with a decrease of 73.3 %. As described 

before, this frequency dependent behavior is related 

to the interfacial polarization, i.e. MWS polarization. 

In present work, both fRGO nanosheets and BT 

nanoparticles in the multi-component nanocomposite 

can enhance the MWS polarization, but the fRGO 

nanosheets show a stronger influence on the 

polarization than that of the BT particles, which 

should be ascribed to their conductive nature. It is 

also worth noting that the εeff of Matrix-4 at 1 MHz 

reaches 65 by blending with 30 vol% of BT along 

with a relatively low loss factor of 0.35. Compared to 

other reports filled with CNT, graphene, and high k 

ceramics,[9,20,22] the fRGO-BT/PVDF 

nanocomposite in this work exhibits better dielectric 

properties (high k: 65, low loss: 0.35) at 1 MHz, 

which is very promising for applications as 

high-frequency dielectric materials. 

4 Conclusions 

In this work, a novel ternary PVDF-based 

nanocomposite system co-filled with fRGO 

nanosheets and BT nanoparticles was investigated. 

The fRGO nanosheets were prepared through π-π 

stacking of polyaniline and GO following in-situ 

hydrazine reduction. The fRGO-BT/PVDF 

nanocomposites were fabricated by a solution cast 

and hot-pressing approach. The dielectric properties 

of binary fRGO/PVDF nanocomposites exhibit a 

typical percolation transition with the percolation 

threshold of 1.49 vol%. Compared with the binary 

nanocomposites, the fRGO-BT/PVDF 

nanocomposites show much higher permittivity and 

lower dielectric loss over the frequency range of 

10
2
-10

6
 Hz. At 1 MHz, a high permittivity of 65 and a 

relatively low loss tangent of 0.35 could be achieved 

for the fRGO-BT/PVDF nanocomposites. These 

flexible, high k fRGO-BT/PVDF nanocomposites are 

potential flexible dielectric materials for 

high-frequency capacitors and electronic devices. 

 

Acknowledgements 

The financial support from the NSFC (51103011, 

51073015), the Fundamental Research Funds for the 

Central Universities (FRF-TP-11-003B), the Ministry 

of Sciences and Technology of China through 

China-Europe International Incorporation Project 

(2010DFA51490), Project of Beijing Municipal 

Commission of Education (KM201210012010), and 

State Key Laboratory of Electrical Insulation and 

Power Equipment (EIPE12207, EIPE12208), is 

gratefully acknowledged. 

 

 

References 

[1] Z.-M. Dang, J.-K. Yuan, J.-W. Zha, T. Zhou, S.-T. Li 

and G.-H. Hu “Fundamentals, processes and 

applications of high-permittivity polymer-matrix 

composites”. Progress in Materials Science, Vol. 57, 

No. 4, pp 660-723, 2012. 

[2] Q. Wang and L. Zhu “Polymer nanocomposites for 

electrical energy storage”. Journal of Polymer 

Science Part B: Polymer Physics, Vol. 49, No. 20, pp 

1421-1429, 2011. 

[3] P. Kim, C. Simon, P. J. Hotchkiss, N. Joshua, B. 

Kippenlen, S. R. Marder and J. W. Perry “Phosphonic 

acid-modified barium titanate polymer 

nanocomposites with high permittivity and dielectric 

strength”. Advanced Materials, Vol. 19, pp 

1001-1005, 2007. 

[4] P. Kim, N. M. Doss, J. P. Tillotson, P. J. Hotchkiss, M. 

J. Pan, S. R. Marder, J. Y. Li, J. P. Calame and J. W. 

Perry “High Energy Density Nanocomposites Based 

on Surface-Modified BaTiO3 and a Ferroelectric 

Polymer”. Acs Nano, Vol. 3, No. 9, pp 2581-2592, 

2009. 

[5] Z. M. Dang, Y. H. Lin and C. W. Nan “Novel 

ferroelectric polymer composites with high dielectric 

constants”. Advanced Materials, Vol. 15, pp 

1625-1629, 2003. 

 

 

 

ICCM19 123



[6] Z. M. Dang, L. Wang, Y. Yin, Q. Zhang and Q. Q. Lei 

“Giant dielectric permittivities in functionalized 

carbon-nanotube/electroactive-polymer 

nanocomposites” Advanced Materials, Vol. 19, No. 6, 

pp 852-857, 2007. 

[7] F. He, S. Lau, H. L. Chan and J. T. Fan “High 

Dielectric Permittivity and Low Percolation 

Threshold in Nanocomposites Based on 

Poly(vinylidene fluoride) and Exfoliated Graphite 

Nanoplates” Advanced Materials, Vol. 21, No. 7, pp 

710-715, 2009. 

[8] Z. M. Dang, Y. Shen and C. W. Nan “Dielectric 

behavior of three-phase percolative 

Ni-BaTiO3/polyvinylidene fluoride composites”. 

Applied Physics Letters, Vol. 81, No. 25, pp 

4814-4816, 2002. 

[9] S. H. Yao, Z. M. Dang, M. J. Jiang and J. B. Bai 

“BaTiO3-carbon nanotube/polyvinylidene fluoride 

three-phase composites with high dielectric constant 

and low dielectric loss”. Applied Physics Letters, Vol. 

93, No. 18, pp 182905, 2008. 

[10] P. Steurer, R. Wissert, R. Thomann and R. Mulhaupt 

“Functionalized Graphenes and Thermoplastic 

Nanocomposites Based upon Expanded Graphite 

Oxide”. Macromolecular Rapid Communications, Vol. 

30, No. 4-5, pp 316-327, 2009. 

[11] K. P. Loh, Q. L. Bao, P. K. Ang and J. X. Yang “The 

chemistry of graphene”. Journal of Materials 

Chemistry, Vol. 20, No. 12, pp 2277-2289, 2010. 

[12] Y. W. Zhu, S. Murali, W. W. Cai, X. S. Li, J. W. Suk, 

J. R. Potts and R. S. Ruoff “Graphene and Graphene 

Oxide: Synthesis, Properties, and Applications”. 

Advanced Materials, Vol. 22, No. 35, pp 3906-3924, 

2010. 

[13] S. Stankovich, D. A. Dikin, G. H. B. Dommett, K. M. 

Kohlhaas, E. J. Zimney, E. A. Stach, R. D. Piner, S. T. 

Nguyen and R. S. Ruoff “Graphene-based composite 

materials”. Nature, Vol. 442, No. 7100, pp 282-286, 

2006. 

[14] H. Kim, A. A. Abdala and C. W. Macosko 

“Graphene/polymer nanocomposites”. 

Macromolecules, Vol. 43, No. 16, pp 6515-6530, 

2010. 

[15] T. Kuilla, S. Bhadra, D. Yao, N. H. Kim, S. Bose and 

J. H. Lee “Recent advances in graphene based 

polymer composites”. Progress in Polymer Science, 

Vol. 35, pp 1350-1375, 2010. 

[16] Y. F. Li, J. H. Zhu, S. Y. Wei, J. Ryu, L. Y. Sun and Z. 

H. Guo “Poly(propylene)/Graphene Nanoplatelet 

Nanocomposites: Melt Rheological Behavior and 

Thermal, Electrical, and Electronic Properties”. 

Macromolecular Chemistry and Physics, Vol. 212, 

No. 18, pp 1951-1959, 2011. 

[17] J. H. Yu, X. Y. Huang, C. Wu and P. K. Jiang 

“Permittivity, Thermal Conductivity and Thermal 

Stability of Poly(vinylidene fluoride)/Graphene 

Nanocomposites”. IEEE Transactions on Dielectrics 

and Electrical Insulation, Vol. 18, No. 2, pp 478-484, 

2011. 

[18] P. Fan, L. Wang, J. Yang, F. Chen and M. Zhong 

“Graphene/poly(vinylidene fluoride) composites with 

high dielectric constant and low percolation 

threshold”. Nanotechnology, Vol. 23, No. 36, pp 

365702, 2012. 

[19] H. X. Tang, G. J. Ehlert, Y. R. Lin and H. A. Sodano 

“Highly Efficient Synthesis of Graphene 

Nanocomposites”. Nano Letters, Vol. 12, No. 1, pp 

84-90, 2012. 

[20] Y. C. Li, S. C. Tjong and R. K. Y. Li “Dielectric 

properties of binary polyvinylidene fluoride/barium 

titanate nanocomposites and their nanographite doped 

hybrids”. Express Polymer Letters, Vol. 5, No. 6, pp 

526-534, 2011. 

[21] R. K. Goyal and A. B. Kulkarni “Electrical properties 

of novel three-phase polymer nanocomposites with a 

high dielectric constant”. Journal of Physics D: 

Applied Physics, Vol. 45, pp 465302, 2012. 

[22] Z. Wang, J. K. Nelson, J. Miao, R. J. Linhardt and L. 

S. Schadler “Effect of High Aspect Ratio Filler on 

Dielectric Properties of Polymer Composites: A 

Study on Barium Titanate Fibers and Graphene 

Platelets”. IEEE Transactions on Dielectrics and 

Electrical Insulation, Vol. 19, No. 3, pp 960-967, 

2012. 

 

 

ICCM19 124



[23] D. R. Wang, Y. R. Bao, J. W. Zha, J. Zhao, Z. M. 

Dang and G. H. Hu “Improved dielectric properties 

of nanocomposites based on poly(vinylidene fluoride) 

and poly(vinyl alcohol)-functionalized graphene”. 

ACS Applied Materials and Interfaces, Vol. 4, pp 

6273-6279, 2012. 

[24] T. Zhou, J. W. Zha, Y. Hou, D. R. Wang, J. Zhao and 

Z. M. Dang “Surface-Functionalized MWNTs with 

Emeraldine Base: Preparation and Improving 

Dielectric Properties of Polymer Nanocomposites”. 

ACS Applied Materials and Interfaces, Vol. 3, pp 

4557-4560, 2011. 

[25] J. W. Xu and C. P. Wong “Low-loss percolative 

dielectric composites”. Applied Physics Letters, Vol. 

87, pp 082907, 2005. 

[26] D. R. Wang, T. Zhou, J. W. Zha, J. Zhao, C. Y. Shi 

and Z. M. Dang “Functionalized graphene–

BaTiO3/ferroelectric polymer nanodielectric 

composites with high permittivity, low dielectric loss, 

and low percolation threshold”. Journal of Materials 

Chemistry A, Vol. 1, No. 20, pp 6162-6168, 2013. 

 

 

 

 

Fig. 1. Typical AFM images of RGO (left) and fRGO 

(right) nanosheets on silicon. Reprinted with permission 

from ref [26], Copyright 2013 RSC Publishing. 

 

 

Fig. 2. Dependence of dielectric permittivity of (a) 

RGO/PVDF films and (b) fRGO/PVDF films with 

different volume fraction of fillers on the alternating 

electric field frequency at room temperature. 

 

 

 

 

Fig. 3. Frequency dependence of dielectric permittivity of 

RGO/PVDF and fRGO/PVDF nanocomposites with the 

filler volume fraction near the percolation threshold. 
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Fig. 4. The frequency dependent dielectric permittivity of 

(a) BT/PVDF, (b) fRGO-BT/PVDF (ffRGO = 0.63 vol%), (c) 

fRGO-BT/PVDF (ffRGO = 0.94 vol%), and (d) 

fRGO-BT/PVDF (ffRGO = 1.25 vol%) with different BT 

volume fractions measured at room temperature. Reprinted 

with permission from ref[26]. Copyright 2013 RSC 

Publishing. 
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1 General Introduction  
Grid-stiffened polymer composite reinforced by the 
fibre has been popularly used in the aircrafts, owing 
to their potential technical advantages that compared 
with traditional aluminum alloy structure, less than 
40% in weight for the same structures [1]. With 
requirement and technology increasing as well as 
fast developing, the further requirement of grid-
stiffened polymer composite should be met for the 
light-weighted structure and low cost. Although 
grid-stiffened polymer composites have found a few 
applications, they have not fully reached their 
technological potential. Largely due to that the 
drawbacks of grid-stiffened polymer composites lie 
in infertile manufacturing and processing 
technologies, as well as simply method in light-
weighted design. Another important issue is lagging 
development speed of low cost technology resulting 
from a short history of grid-stiffened polymer 
composites [2]. As a result, the development and 
application of grid-stiffened polymer composites is 
seriously limited. 

2 Experimental Procedure  

In this work, resin system is incorporated of an 
epoxy resin (TDE-85), which is famous for its high 
strength and temperature tolerance. The TDE-85 has 
three epoxy groups per one monomer, resulting in 
the epoxy value more than 85%. Based on the 
chemical reaction mechanism, the epoxy resin has 
been firstly modified by the Bisphenol F, to reduce 
the brittleness and cost, moreover to help the 
interface more suitable for the resin and fibre 
bonding. The ethylene glycol diglycidyl ether 
(EGDE) is used as the diluting agent and curing 
agent, respectively, in which the EGDE is 
introduced to improve the viscosity of resin system. 
The EGDE is used to reduce the viscoelastic 
properties of the polymer matrix. To prevent the 

reactive properties from being reduced, the dilute 
agent containing hydroxyl groups has been used to 
react with the matrix at high temperature. Then the 
epoxy mixture with a fixed weight ratio of epoxy 
resin, dilute agent, and curing agent is cured at 
100 °C for 1 hr, and ramped up to 120 °C for 3 hrs. 
Finally, the pre-cured sample is post cured at the 
temperature of 150 °C for 3 hrs. The T700 carbon 
fiber is used as the have been grid stiffened by the 
carbon fiber from longitudinal, loop, and triangle 
directions, respectively.  

3 Results and Discussion 

The various loading applied on the grid-stiffened 
polymer composite structures introduce challenges 
to the design process. It takes a great deal of effort to 
make a detailed finite element model and simulation 
for an advanced grid stiffened (AGS) structure that 
is made from the heterogeneous polymer composite. 
In the simulation process, the model should be 
simple, as well as concise. In this study, the grids in 
AGS structures are distinguished from the other 
substances by a combination of grid type and 
quantity. The design procedure consists of initial 
optimization solutions followed by detailed Finite 
Element Modeling (FEM) [3]. This process needs to 
be repeated until the design satisfies the performance 
criteria for the AGS structures. With these efforts, it 
is expected to find that the most optimum design for 
the AGS structures are stiffened with various types 
of grids. The finite element model allows the 
designer to obtain a more refined picture of how the 
structure will act under the applied loads. It also 
allows the designer to examine critically loaded 
areas in the structures such as attachment points for 
peripheral equipment, separation joints on the fairing, 
and loads at the intersection of the fairing and the 
vehicle. Figure 1 shows the Finite Element Model of 
AGS structure stiffened with triangular grids 
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showing deflection under synergistic effect of axial 
and side pressures.  

 
Fig. 1. Effect of axially edgewise on the stabilization 

coefficient of cylindrical shell in response to synergistic 
axial and edgewise pressures.  

On the other hand, the stabilization coefficient of the 
AGS structures stiffened with different quantities of 
vertical and horizontal stiffeners is measured when it 
is subject to axial, side, and a combination of axial 
and side pressures, respectively. As shown in the 
Figures 2, experimental results reveal that the 
stabilization coefficient of the AGS structures 
gradually increases with an increase in longitudinal 
stiffener from 0 to 18, 27, 36, and finally to 54. 
Taking the AGS structure stiffened with seven loop 
grids for example, the stabilization coefficient of the 
AGS structure increases from 1.1 to 12.852 with an 
increase in longitudinal stiffener from 0 to 54 [4]. 
These curves display a closed structure that contains 
vertical and horizontal grids reinforced with either 
the vertical or horizontal grid stiffeners. In addition, 
the longitudinal grid stiffener plays a more positive 
effect on the AGS structures in comparison with the 
loop grid stiffener seeing as how the structures are 
subject to an axial pressure. 

4 Conclusions 

The AGS structures that were developed for 
aerospace and aircraft applications would 
dramatically improve the capabilities of launch 
vehicles. This advanced polymer structure 
significantly improved the payload capabilities with 
almost no increase in weight over the existing 
fairing. This characteristic enabled the AGS 
structure to have a high mechanically resistive 
capability in practical applications. It also effectively 

provided cost savings for each aircraft and 
spacecraft launch. At the same time, the fabrication 
process of this AGS structure was almost entirely 
automated, which resulted in cost savings of nearly 
15% over other types of fairings. Successful design, 
manufacturing, and flight qualification of AGS 
structures provided a clear path for other programs 
and applications to follow as more efficient and cost 
effective structures are needed. Therefore, these 
advantages allowed the AGS structures and other 
advanced polymer composites to be used in more 
and more structures and systems, not only in aircraft 
and spacecraft structures, but also in civil structures. 

 
Fig. 2. Effect of axially edgewise on the stabilization 

coefficient of cylindrical shell in response to synergistic 
axial and edgewise pressures,[4] ©Copyright 2011, RSC 

Publishing. 
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Abstract 

A test specimen for measurement of the critical 
energy release rate associated with longitudinal 
compressive failure is proposed. High strains are 
localized by decreasing the out-of-plane thickness 
towards the anticipated damage region which 
consists of a unidirectional (UD) laminate. Thus, the 
compressive fibre failure mode is isolated. 
Microscopic studies show that the UD-material fails 
in a kinking mode. A method based on a generalized 
form of the J-integral and full-field measurements of 
the strain field is developed to extract the fracture 
energy. The fracture energy in four experiments is 
measured to be 20-40 kN/m. Finite element 
simulations are performed to validate the 
experimental results. The essential features of the 
response are captured by modelling the damage 
region with cohesive elements.  

1 Introduction  

A major concern in structural design of Carbon 
Fibre Reinforced Polymers (CFRP) components is 
longitudinal compressive failure. CFRP are in 
general a brittle material and instead of plastic 
deformation, stresses around e.g. holes are relaxed 
by progressive damage in a fracture process zone. 
The redistribution of stresses allows further loading 
after damage initiation. Thus, ignoring this process 
with an elastic stress analysis underestimates the 
load capacity.  
 
To model the structural integrity, the fracture energy 
needs to be known. However, no test method has yet 
been standardized for determination of the fracture 
energy associated with fibre dominated compressive 
failure. From centre-cracked compression tests with 
a T800/924C laminate and (0,902,0)3s layup reported 

in [1], Pinho et al. derive the fracture energy for 
kink-band formation to about 76 kJ/m2 [2]. In [2], 
Pinho et al. use a compact compression (CC) 
specimen with a T300/913 laminate with cross ply 
layup and the fracture energy 79.9 kJ/m2 associated 
with the 0°-plies is reported. In the presented 
method, a normalized energy release rate is 
calculated from linear FE-simulations. The fracture 
energy is then directly determined from the 
maximum load. Later in [3], Catalanotti et al. use the 
same specimen and layup geometry with a different 
material system (Hexcel IM7-8552) and the fracture 
energy 47.5 kJ/m2 associated with the 0°-plies is 
reported. The authors use digital image correlation 
to calculate the fracture energy from the actual strain 
field on the lateral surface of the specimen, i.e. the 
assumption of a small scaled damage zone is 
avoided. However, the use of cross ply laminates 
necessitates partitioning of the fracture energy since 
the energy dissipated in the 90°-plies needs to be 
deducted. Furthermore, interaction effects between 
the alternating 0°-plies and 90°-plies are neglected. 
Therefore it is desired to determine the fracture 
energy by the use of a UD-layup. A test method 
using a four point bend specimen with a UD-layup is 
presented by Laffan et al. in [4]. The material system 
is the same as in [3]. Also here, linear elastic FE-
simulations are used to determine how the energy 
release rate relates to the applied load. The 
experiments are interrupted when damage initiation 
is first detected. A fracture energy of 25.7 kJ/m2 is 
reported for initiation of compressive failure. 
Compressive failure is initiated by a shear crack at 
the notch which propagates a small distance with the 
direction of about 45° to the mode I direction and 
later transforms into a kink band as the load 
increases. This transition phase is described in [5] by 
Gutkin et al. 

AN EXPERIMENTAL METHOD TO DETERMINE THE 
CRITICAL ENERGY RELEASE RATE ASSOCIATED WITH 

LONGITUDINAL COMPRESSIVE FAILURE IN CFRP 
D. Svensson1* , K.S. Alfredsson1, U. Stigh1, N.E. Jansson2 

1 Mechanics of materials, University of Skövde, Skövde, Sweden 
2 GKN Aerospace Engine Systems Sweden, Trollhättan, Sweden 

* Corresponding author (daniel.svensson@his.se) 
 

Keywords: CFRP, compressive failure, kink-band, cohesive zone model 

ICCM19 129



In compression tests, the strain is usually localized 
by the use of a premade notch that achieves a stress 
rising effect. In the present work, the stress field is 
not localized from the tip of a premade notch. 
Instead, the out of plane thickness is decreased 
towards the anticipated damage region and 
longitudinal compressive failure is obtained in a 
region with a UD-layup. The data reduction scheme 
is derived by using a generalized form of the J-
integral, [6]. Thus, no assumption of a small damage 
zone is made.  
 
FE-simulations are performed to validate the 
experimental results where a cohesive zone models 
the damage region. Governing parameters of the 
cohesive law are estimated from experimental 
results and the simulations capture the main features 
of the experimental behaviour.  

2 Design of specimen and test setup  

The geometry of the specimen is shown in Fig. 1. 
The specimens are manufactured using Resin 
Transfer Moulding (RTM) with a UD fabric 
reinforcement made from HTS carbon fibres and 
RTM6 resin.  
 
Longitudinal compressive failure occurs in a region 
at the mid-section of the specimen consisting of a 
UD-layup. This region with a height of 1 mm and 
thickness of 0.8 mm, cf. Fig. 1, is the following 
denoted the waist. The nominal layup, indicated by 
L1, is (0/±60/02/±60/0)s with the 0°-direction parallel 
to the loading direction. To achieve the UD-layup in 
the waist, layup L2 is first created by dropping off 
the four inner ±60°-plies. Closer to the mid-section, 
the outer plies including the remaining ±60-plies are 
removed with a milling operation.  
 
In Fig. 2, the test-setup is shown. Compressive 
loading is applied to the specimen by using a 
LLOYD loading frame with a 10 kN load cell. The 
free arms of the specimen are inserted between two 
steel plates to make sure that the load is 
symmetrically applied and also to prevent out-of-
plane deformation. The load is transferred to the 
specimen by inserting solid cylinders with a slightly 
smaller diameter into the holes in the plates and the 
specimen. A prescribed displacement of 50 µm/min 
is applied on the upper cylinder while the lower 
cylinder is held fixed.  

A digital image correlation system (Aramis) is used 
to monitor the displacement field on the lateral 
surface of the specimen. The monitored region is 
sufficiently large so that displacements of the 
loading points are measured simultaneously with the 
displacement field of the highly strained region 
between the free arms of the specimen. The 
displacement field is recorded every five seconds 
and about 300 pictures are taken during an 
experiment. 

3 Data reduction 

A generalized form of the J-integral [6] is introduced 
in terms of the surface integral, 
 

� = ∬ ��	�� −	
���,��� 	d�		   (1) 
 
where W is the strain energy density, Ti is the 
traction vector, ui is the displacement vector and n1 
is the x-component of the outward normal of the 
surface Ω. Indices 1, 2 and 3 indicates components 
in the x-, y- and z-direction, respectively. Summation 
is indicated by repeated indices and partial 
differentiation by a comma. It can be shown that the 
P-integral is zero when evaluated over a closed 
surface if the enclosed volume does not include any 
singularity in terms of an object or feature that 
changes the potential energy of the body when 
moved in the elastic field. The proof is similar to the 
procedure for the 2D-case and the J-integral [6]. The 
P-integral can also be interpreted as the sum of all 
configurational forces that act on the volume with 
the outer boundary Ω.  
 
In the following, the lateral surfaces of the test 
specimen are partial surfaces of Ω. These surfaces 
do not contribute to P, since n1 = 0 and T = 0. Thus, 
Eq. (1) is simplified to  
 

� = ∬ ��	�� −	
���,��� 	d�d�		  (2)
  

where S is the surface created when an integration 
path in the xy-plane cuts through the thickness, and 
ds is an element of arc length along the in-plane 
integration path. That is, the P-integral and the J-
integral are analogous; with the only difference that 
the P-integral necessitates integration over the, in the 
present case, varying out-of-plane thickness. That is, 
if the P-integral is evaluated along a counter-
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clockwise integration path connecting the crack 
surfaces, it represents the energy release rate in 
terms of the potential energy released for a unit 
propagation of the crack.  
 
The present test geometry does not contain a crack. 
However, a crack-like damage zone is anticipated 
along the waist and a crack-like propagation takes 
place along the waist when compressive failure 
occurs. Thus, it is assumed that the energy release 
rate can be determined from evaluation of P with 
Eq. (2) along a counter-clockwise integration path 
connecting points L and U in Fig. 3. To be specific, 
points L and U are symmetrically positioned with a 
distance hwaist, i.e. at the lower and upper points of 
the waist that coincides with the outer boundary of 
the specimen. 
 
Equation (2) is evaluated along two integration paths 
that are indicated by Γ1 and Γ2 in Fig. 3. In the 
evaluation along integration path Γ2, the path is 
shrunk to the vertical line from point L to point U. 
Thus, P only depends on the local field within the 
waist and the corresponding configurational force is 
in the following denoted Pwaist. The outer surface 
along Γ2, Swaist, is not subjected to tractions, i.e. the 
evaluation of Eq. (2) along Γ2 yields   
 

��� = ������ = ∬ �	d�d���� !"
	   (3) 

 
Since the out-of-plane thickness of Swaist is constant, 
the nominal energy release rate is given by  
 

#�̅���� = ������ %⁄ = ' �( 	d���    (4) 
 
where B is the out-of-plane thickness of the waist 
and 	�(  is the average of the strain energy density 
across the out-of-plane thickness. 
 
Now, Eq. (2) is evaluated along the integration path 
Γ1, cf. Fig. 3. The path Γ1, coincides with the outer 
boundary of the specimen and the boundaries along 
the holes. The surfaces that include boundaries B-A, 
D-C, F-E and H-G, do not give any contribution to 
Eq. (2) since n1 = 0 and T = 0 on these surfaces. 
Moreover, the specimen is designed so that the 
surfaces that include the vertical boundaries A-H, E-
D and C-B are virtually unstrained, i.e. W = 0 and T 

= 0. That is, these surfaces do not contribute to Eq. 
(2). Thus, along Γ1, the only contributions to Eq. (2) 
are associated with the surfaces along the holes and 
the surfaces that include boundaries b and r that is 
indicated to the right in Fig. 3. Boundaries r 
coincides with the curved outer boundary of the 
specimen and boundaries b consists of the vertical 
boundaries that connects the waist with boundaries r. 
Summing all configurational forces that acts along 
Γ1 results in 
 
��� = �)*�+ + �- + �.    (5) 
 
The path independence of Eq. (2) implies that the 
configurational forces obtained from Eq. (3) and Eq. 
(5) are equal. By using Eq. (4), the nominal energy 
release rate associated with the waist is given by 
 
#�̅���� = ������	 %⁄ = /�)*�+ + �- + �.0 %⁄  (6) 
 
Thus, if Pload, Pb and Pr can be measured, the energy 
release rate, 	#�̅���� , can be determined. Moreover, 
fracture energy is the maximum value of 	#�̅����.  
 
Each term of the right hand side of Eq. (6) is derived 
in the following. The second term of Eq. (2) is 
dominating at the surfaces along the holes and it can 
be shown that the associated configurational force 
Pload is given by [7] 
 
�)*�+	 = 1/2� − 2�0    (7) 
 
where F, θ1 and θ2 are the applied load and the 
counter clockwise rotations at the upper and lower 
loading point, respectively.  
 
No tractions are acting along the surfaces that 
include boundary b and r, i.e. the corresponding 
configurational forces are given by  
 

�- = ∬ �	d�d��3
    (8) 

�. = ∬ �	d�d��4
    (9) 

 
where Sb and Sr are the surfaces that include 
boundaries b and r, respectively. Note that Pb and Pr 
are negative since dy < 0 along Γ1 at these 
boundaries.  
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In the experimental evaluation, the strains measured 
along the boundaries r and b are used to calculate Pb 
and Pr with Eq. (8) and (9). Since the strains are only 
measured on the lateral surface of the specimen, 
some assumptions have to be made regarding the 
variation of stress and strain through the thickness 
along boundaries b and r. It is assumed that only the 
tangential stress component contributes to the strain 
energy. Furthermore, linear elasticity and constant 
strain components through the thickness are 
assumed. Thus, the strain energy density is 
calculated as if each element along the boundary is 
subjected to uniaxial stress, i.e. 
 

� = �
� 5�6��    (10) 

 
where Et and εt is the elastic modulus and the strain 
component in the tangential direction along the 
boundary, respectively. Note that Et varies along the 
boundary b and r due to the reduction of thickness 
by dropping of the inner ±60°-plies, machining of 
the outer plies and the change in direction along the 
radii. 
 
Strains are recorded in points with a distance of 0.15 
mm along the boundary G-F. Given the strains along 
the boundary b, the strain energy density W is 
obtained from Eq. (10), where the elastic modulus, 
Et, is estimated with laminate theory. Finally, Pb is 
formed by integration according to Eq. (8).  
 
The resolution of the strain measurements is not 
high enough to accurately measure the strain along 
the radii and calculate Pr directly by integration 
according to Eq. (9). It is assumed that Pr can be 
established based on measurement of the tangential 
strains at the points F and G, i.e. 677	8 and	6779 , cf. Fig 
3. The relation between Pr and the square of the 
tangential strain at points F or G is determined from 
a linear elastic FE-simulation. That is, a coefficient α 
is determined from the FE-simulation according to 
 

 : = ;4,! <
�=>>,! <

? �@
= ;4,! <

�=>>,! <
A �@

  (11) 

 
In the experiments, symmetry cannot be guaranteed, 
i.e.	677,��B

8 	and 677,��B
9  are generally not equal. Thus, 

Pr  is evaluated from the experimental data through 
  

�.,CDE = F
� G�677,CDE8 �� + �677,CDE9 ��H I (12) 

 
where the correction factor γ accounts for difficulties 
in measuring the strains exactly at the positions F 
and G. To set the value of γ for a certain experiment 
it is assumed that, in the initial stage of the 
experiment, Pr,exp is related to Pb,exp with the same 
ratio as in a linear elastic FE-simulation, i.e. Pr,exp = 
βPb,exp where β = Pr,sim/Pb,sim ≈ 0.46 for the present 
test specimen. The correction factor γ varies between 
1.4-1.7 in the experiments suggesting that 677,CDE8  
and 	677,CDE9 , are underestimated by 15-23 %. 
Estimating the distance between the measuring 
points and points F/G in the DIC-system; this error 
seems reasonable considering the strain variation 
near the radii in the FE-simulations. This type of 
measurement error is considered negligible in the 
evaluation of Pb since strain gradients normal to the 
loading direction are noticed to be small along the 
boundary b in the FE-simulations. 

4 Experimental series 

Five experiments are conducted where experiment 5 
is interrupted prior to failure in order to, in a 
microscopic study, determine the damage 
mechanism and make sure that the damage is 
concentrated in the waist. Composite specimens 
subjected to compressive loading are sensitive to 
variations of geometry and imperfections such as 
voids and fibre waviness. Therefore, the qualities of 
the specimens are studied. Specimen 2 is, after 
failure, cut and analysed in a microscopy study. It is 
observed that the present specimen is manufactured 
as intended with all lamellas present with the 
intended fibre orientation and ply drops are 
accurately positioned. Also, three tensile tests are 
performed on coupon specimens cut from tested 
specimens by cutting ten mm to the left, parallel 
with the boundary BC, cf. Fig 3. A FE-model of the 
tensile test is analysed with Abaqus 6.11 using shell 
elements and the composite layup application to 
model the material. The elastic stiffnesses measured 
in the coupon tests are in good agreement with the 
FE-simulations. A certain amount of fibre waviness 
is observed in the UD-material at the waists of the 
specimens and possible implications of this are 
discussed in section 6.   
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The specimens fail due to compressive failure in the 
waist. In the microscopy study of specimen 2, a 
kink-band is observed in the waist and the kink-band 
tip is found approximately 47 mm behind the start of 
the waist. Kinking takes place in the direction with 
the least support from the surrounding material, i.e 
in the out-of plane direction, cf. Fig. 4. In [8], 
Berbinau et al. concludes that laminates having 0°-
directed outer plies tend to fail due to out-of-plane 
microbuckling, whereas outer off-axis plies permit 
in-plane microbuckling failure. Magnified images of 
the kink-band tip are shown in Fig. 4. A kink-band 
height of about 200 µm is observed which is larger 
than most of previously reported kink-band heights 
in the literature. This is briefly discussed in section 
6. It should be noted that the dark lines in the cross-
section are not parasitic damage modes but glass 
bristles from the manufacturing of the composite 
material. 
 
In Fig. 5, load-displacement curves are shown. At 
the critical load, all specimens fail in an unstable 
manner. After the sudden load drops, the load 
decreases with increasing displacement. The critical 
load varies with about ±20% which seems 
reasonable since failure is governed by an instability 
and small variations of the local geometry may lead 
to large variation of the stability load.  
 
The events at the unstable failure are not captured 
since the displacements are only recorded every five 
seconds and a jump of load and displacement is 
recorded at failure. All experiments show in 
principal an elastic brittle behaviour with initial 
stiffness of ~20 kN/m. At higher loads, the 
behaviour is slightly nonlinear and at 90 % of the 
critical load, the stiffness is reduced to about 85 % 
of the initial stiffness.  
 
The applied load versus local compression in the 
waist (F-w) is shown from two experiments in Fig. 
6. The curves are only recorded to the point of 
failure since measurement points are lost when 
compressive failure occurs. Here, w is measured as 
the relative displacement of two points located in the 
waist with an initial distance of 0.7 mm. It is 
observed that all experiments show similar initial 
behaviour. At higher loads at about 2.5-4.0 kN, a 
substantial decrease of the slope is clearly visible. At 
this point w ≈ 7−10 µm, which corresponds to a 

nominal strain at the waist of 1.0-1.4 %. This is 
interpreted as damage initiation in the waist. As the 
load increases, the form of the F-w-curves differs a 
lot and a typical local response for all experiments is 
difficult to identify. This type of variations is 
expected at the local level since the behaviour is 
highly dependent on material imperfection and 
variations of the local geometry.  
 
Experiment 5 was unloaded at F = 4.4 kN and a 
noticeable decreased local stiffness is recorded prior 
to unloading. Moreover, a remaining compressive 
deformation of about 2 µm that corresponds to a 
strain of about 0.3 % is recorded with the DIC-
system. However, in the microscopy study, no 
damage is detected that explains the reduced 
stiffness. Therefore, more experiments are needed to 
determine the local mechanisms that lead to 
compressive failure.  
 
The tangential strain along the boundary indicated 
with b-waist-b in Fig. 3, is shown in Fig. 7. The 
curves correspond to two different load levels in 
experiment 4. The solid line indicates the tangential 
strain along b-waist-b when F = 1.4 kN and the 
dashed line indicates the strain when F = 4.5 kN. 
The curves are divided with the currently applied 
load.  
 
It is observed that, at the higher load level, the strain 
is concentrated in the waist while strains elsewhere 
are relaxed as compared to the case for the low load 
level. At points along the boundary b-waist-b 
located remote from the waist, strains do not 
increase linearly with the load. Thus, at higher loads, 
the damage zone becomes sufficiently large to 
introduce a redistribution of stresses and strains 
remote from the waist and a full field measurement 
of the displacement field is necessary.  
 
The evaluation method discussed in the previous 
section is applied to experiments 1-4 with the 
moduli and Poisson´s ratio in the material´s principal 
directions; E11 = 120 GPa, E22 = 10 GPa, G12 = 3.5 
GPa and ν12 = 0.25.  The result from experiment 1 is 
shown in Fig. 8. In the upper figure, the evaluated 
configurational forces Pload, Pr and Pb are shown 
versus the applied load. Note that the absolute values 
|Pr| and |Pb| are presented in Fig. 8. The energy 
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release rate associated with the waist, #�̅���� 
according to Eq. (6), is shown versus the applied 
load in the lower figure.  
 
The fracture energies for experiments 1-4 have a 
large variation and are measured to be 25.5, 
30.5, 39.8 and 23.8 kN/m, respectively.  

5 FE-simulations 

Simulations are performed with Abaqus 6.11 to 
verify the experimental results and to increase the 
understanding of the fracture process. For the 
present geometry, a global instability occurs at the 
critical load and the load drops rapidly, cf. Fig. 5. 
Therefore, implicit dynamic simulations with 
numerical damping (quasi-static application) are 
performed to enable capturing of the fracture 
process. A 2D-model of the specimen is created 
where the body of the specimen is modelled with 
plane stress elements and the damage region with 
four node cohesive elements (COH2D4). To be 
specific, cohesive elements with height 200 µm are 
placed along the symmetry line of the specimen. 
Thus, the height of the elements is about the same as 
the measured kink-band height, cf. Fig. 4.  
 
The mesh consists mainly of fully integrated 4-node 
elements, except near the radii where triangular 
elements occur. The varying thickness is modelled 
by dividing the specimen into several sections as 
shown in Fig. 9. The height of the sections in the 
tapered area is typically 1 mm and the thickness of 
each section is the mean thickness of the 
corresponding section of the specimen. Each section 
is assigned orthotropic properties calculated with 
laminate theory. To model the loading, the boundary 
of each hole is subjected to a pin-joint constraint 
with respect to the centre of the hole. The centre of 
the hole is subjected to displacement boundary 
conditions that correspond to the experimental 
loading. 
 
The response of the cohesive elements is governed 
by a cohesive law describing the compressive stress, 
σ, as a function of the compression, δ. Here, it is 
important to note the difference between w and δ; w 
is the compression measured as the relative 
displacement of two points/nodes at the waist with 
an initial distance of 0.7 mm while δ is the 

compressive deformation in the cohesive element 
with height 200 µm. 
 
The length of the cohesive elements is ~50 µm. This 
element size is small enough to capture the global 
instability without numerical problems. Simulations 
with smaller elements give the same results with a 
longer computation time. A corresponding 3D-
model has also been simulated to validate that the 
2D-model captures the global response 
satisfactorily. In the following, only results from the 
2D-simulations are presented and compared to the 
experimental results.  
 
The damage evolution in cohesive elements is often 
modelled with a linear softening model, cf. Fig. 10. 
Such models are also available for use in 
conjunction with continuum elements in commercial 
FE-codes, e.g. Abaqus. However, simulations of the 
present geometry show that linear softening models 
incorrectly predict that the load decreases at the 
onset of damage. For the present experiments, the 
substantial decrease in the slope of the F-w-curves in 
Fig. 6 is interpreted as damage initiation. Beyond 
this stage, the load increases monotonically with 
increasing local compression until failure occurs in 
the waist. Therefore, a cohesive law should in this 
case, prior to softening, include a region where the 
stress remains constant or is increasing with a 
reduced tangential stiffness as the compression 
increases. The cohesive law shown to the right in 
Fig. 10 is therefore used. In this cohesive law, three 
values of the compressive stress σ1, σ2 and σ3 and the 
corresponding compressions δ1, δ2 and δ3 are input 
parameters to be defined.  
 
The initial stiffness in the cohesive law, i.e. stage S1 
in Fig 10 is given by the longitudinal stiffness of the 
present UD-laminate. That is, δ1 is given by J� =
K�ℎMN 5��⁄ , where E11 is the longitudinal elastic 
stiffness of the UD material in the waist and hcz is 
the height of the cohesive element. The stress σ1 is 
then determined from a linear elastic simulation by 
matching the load at damage initiation with the 
experimental F-w-curve.  
 
The tangent stiffness of stage S2 is determined from 
nonlinear simulations by matching the slopes in the 
experimental and simulated F-w-curves during 
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damage growth. Then, from the critical load in the 
experiment, the values of σ2 and δ2 are determined.  
 
Table 1 gives the numerical values of the parameters 
obtained for the four experiments.  
 
Figure 11 shows a comparison of the F-w-curves 
from experiment 1 and from the corresponding 
simulation. The arrows indicate the corresponding 
stage in the cohesive law in the most deformed 
cohesive element. It is believed that the essential 
features of the cohesive law are well captured until 
the maximum stress σ2 is reached, even though the 
agreement is far from perfect.  
 
Unstable failure occurs when the simulations reach 
the softening part of the cohesive law. Thus, the 
dynamic simulation predicts a sudden drop of the 
load as observed in the experiments. During the 
sudden load drop, the deformation of the most 
deformed cohesive element reaches the end of the 
softening part of the cohesive law. This rapid 
increase of compression is also visualized by the 
horizontal ending of the F-w curve, cf. Fig. 11. 
Thus, stage S3 cannot be determined by matching 
the simulation to experimental results. Instead, the 
negative slope in stage S3 is chosen small enough so 
that convergence is obtained in the simulation 
increments immediately after the load drop.  
 
To determine the stress level σ3, the experimental 
load-displacement curve shown in Fig. 12 is studied. 
In the present case σ3 = 0 gives the best agreement 
with the experimental load-displacement curves after 
failure. Figure 12 shows comparisons of simulated 
and the load-displacement curve from experiment 1. 
Note that experimental values of the displacement 
are only recorded every five seconds and therefore 
the experimental response during the sudden load 
drop is not recorded. With this in mind, the 
comparison shows that the essential features of the 
global behaviour are well captured.  
 
The simulated and experimental values of the 
fracture energies and critical loads are shown in Fig. 
13. The experimental fracture energies are 
determined as described in section 2. Since failure 
occurs in the simulation when stage 3 of the 
cohesive law is reached, #�̅����,O

��B  is given by 

#�̅����,O
��B = ' K	PJ + Q@@/R�� !"SRTU0

�VWW

X@
Y  (13) 

 
where the first term is the area beneath the cohesive 
law until initiation of stage S3. The second term is 
the energy release rate consumed by the linear 
elastic elements along the waist at failure. The 
parenthesis in the second term equals 0.8 mm since 
the height of the waist and cohesive zone is 1 mm 
and 0.2 mm, respectively.  
 
The fracture energies in the FE-models agree well 
with the experimental results for three experiments. 
However, in the simulation of experiment 3, the 
simulated fracture energy is about twice the 
experimentally obtained fracture energy. This may 
have several explanations but one that appears 
reasonable is that the large difference arises from the 
experimental measurement of w. It is noted that w at 
failure is about 110 µm in experiment 3 while it is 
about 20-40 µm the other experiments. Also, in the 
F-w-curve of experiment 3, three instant jumps of 
~10 µm, ~5 µm and ~17 µm, are recorded with no 
change of applied load. It is believed that some 
event occurred at the surface, where the compression 
is measured, which is not representative for the 
material through the thickness in the waist. 
Assuming that the specimen fails due to an unstable 
kinking process, this magnitude of compression 
seems unlikely prior to failure. This could be an 
explanation to the poor correlation between the 
fracture energy determined in experiment 3 and the 
fracture energy used in the corresponding 
simulation. Thus, it is questionable if the simulated 
fracture energy is reasonable.  

6 Discussion 

Experiments performed show that the specimens fail 
due to kink-band formation which propagates along 
the waist. Indeed, the microscopy was made post 
mortem and the initiation of compressive failure has 
not been observed. It is however believed that the 
amount of fibre waviness induces rather high shear 
stresses that rule out the possibility that compressive 
failure was initiated by a brittle shear crack which 
later transformed to a kink-band. Moreover, the 
height of the kink-band is about 200 µm in the 
present study which is about 2-4 times larger than 
kink-band heights reported in the literature, cf. e.g. 
[5] and [9]. The influence of shear stress on the 
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kink-band height and conditions for the different 
failure mechanisms are theoretically studied in [5] 
and [10]. However, part of this difference may also 
be attributed to differences in the materials studied. 
For example, the ply thickness in the composite 
studied here is 0.25 mm while the tape system 
studied in [5] has a ply thickness of 0.13 mm. 
 
In the experiments, failure occurs in an unstable 
manner, i.e. the load drops rapidly as the 
compressive failure propagates rapidly. The fact that 
the sudden load drop takes place under prescribed 
displacements indicates that we are dealing with a 
global instability inherent to the geometry of the test 
specimen. That is, the instability is analogous to 
similar problems encountered for test specimens for 
delamination of composites, cf. e.g. [11]. This 
conclusion is supported by the FE-simulations that 
display a similar force/displacement-response. The 
obvious consequence of this is that the present 
experimental setup cannot capture the complete 
cohesive law. However, it is believed that this 
problem can be circumvented by a modification of 
the test geometry. For example, by increasing the 
distance between the loading points and the damage 
zone, a test specimen more favourable from stability 
aspects can be obtained. This kind of geometry 
changes also reduces the length of the damage zone, 
i.e. the redistribution of stresses during an 
experiment is less pronounced. Thus, ideally, this 
would enable measurement of the fracture energy 
using a method that not necessitates a full field 
measurement of the strains.  
 
Obviously, the idealized numerical model used in 
the present paper cannot be expected to capture all 
aspects of the complicated fracture process. 
Moreover, uncertainties in the experimental 
measurements cannot be overlooked. However, the 
comparison between experiments and simulations 
indicates a relevance of modelling compressive 
failure as a cohesive zone. With a more refined 
model, better agreement with the experimental 
results can be obtained. For instance, a non-linear 
elastic model for the continuum is necessary to 
capture the nonlinear response initiating at a load of 
about 1 kN in the experiments, cf. Fig. 12. The 
nonlinear material model could also be used in the 
experimental extraction of the fracture energy which 
would yield less conservative results. Furthermore, a 

more complex form of the cohesive law is needed to 
capture the continuous change of slope in the 
experimental F-w curves. However, it is believed 
that the presented FE-model is sufficient to verify 
the experimental results and to increase the 
understanding of the fracture process.  

7 Conclusions 

This paper presents a method for experimental 
measurement of the fracture energy associated with 
fibre compressive failure of CFRP. Failure occurs in 
a UD-layup, i.e. interaction effects and dissipated 
energy in non 0° plies are avoided. The data 
reduction is based on a generalized form of the J-
integral and measurement of the strain field with a 
DIC-system. Thus, no assumption of a small damage 
zone is made. The fracture energies show large 
scatter with values in the range 20-40 kN/m. FE-
simulations of the experiments are performed where 
the anticipated damage zone is modelled with 
cohesive elements. The cohesive law used in the 
present work includes, prior to softening, a region 
where the stress remains constant or is slightly 
increasing as the compression increases. The 
simulations capture the main features of the 
experimental behaviour. The maximum stresses of 
the cohesive laws are in the interval 740-925 MPa, 
cf. table 1. These values are relatively low as 
compared to typical longitudinal compressive 
strengths of unnotched laminates. The foremost 
reasons are believed to be the fibre waviness and the 
non-homogenous stress field where compressive 
failure is initiated.  
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Fig. 1. Geometry of the test specimens. All dimensions in 
mm. 

 

 
Fig. 2. Experimental setup. 

Fig. 3. Left: integration path. Right: detail of the notch. 
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Fig. 4. Kink-band observed in the waist after failure. Two 
different magnifications are shown. Scale bars in the left 
and right image indicates 1000 µm and 500 µm, 
respectively. 

 

 
Fig. 1. Experimental load-displacement curves. 

 

 
Fig. 2. Experimental load vs. local compression curves. 

 

 
Fig. 7. Strain along boundary b-waist-b. Solid line: strain 
at F=1.4 kN. Dashed line: strain at F=4.5 kN. 
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Fig. 8. Upper: Configurational forces vs. applied load. 
Lower: Nominal energy release rate vs. applied load. 

 

 
Fig. 9. Geometry of FE-model with indicated sections. 

 

 
Fig. 10. Left: Linear softening cohesive model Right: 
Proposed cohesive model. 

 

 
Fig. 11. Applied load versus local compression. Solid line 
and dashed line indicates experiment and simulation, 
respectively. 

 

 
Fig. 12. Applied load versus load point displacement. 
Solid line and dashed line indicates experiment and 
simulation, respectively. 
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Fig. 13. Fracture energies. 

 
Experiment 1 2 3 4 
σ1 (MPa) 540 750 645 645 
σ2 (MPa) 737 750 790 925 
σ3 (MPa) 0 0 0 0 
δ1 (µm) 0.90 1.25 1.07 1.07 
δ2 (µm) 31 40 105 23 
δ3 (µm) 50 75 140 68 

Table. 1. Cohesive parameters derived from the 
simulations. 
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1 Introduction  

Since their discovery more than 20 years ago, carbon 

nanotubes (CNTs) have always been considered as 

very promising nano-reinforcements for lightweight 

fiber reinforced polymer composites. Nowadays, 

research is more and more focused on controlled 

positioning of CNTs.  One of the possible 

approaches therefore is the grafting of CNTs directly 

on the fiber surface [1-3]. This approach overcomes 

the problems related to dispersing CNTs in a matrix 

and also places CNTs at the fiber/matrix interface, 

which is a weak spot in the fiber reinforced polymer 

composite. However, grafting CNTs on carbon 

fibers has the important drawback of damaging the 

fiber surface, resulting in a strongly reduced fiber 

strength [1-3]. This damage has generally been 

attributed to the interaction of the catalytic particles 

with the carbon fiber at high temperature. 

 

In this study, systematic research has been done to 

get more insight into the damage process during the 

CNTs growth. To prevent this damage, CNTs are 

grafted on carbon fibers using a low-temperature 

synthesis technique, i.e. the equimolar C2H2-CO2 

reaction [4]. The effect of grafting CNTs on 

carbon fibers on the fiber/matrix interface is 

investigated using different micromechanical 

methods, including the microdroplet test and the 

fiber push-out test. Transverse 3-point bending 

tests are performed to assess the influence of 

CNTs grafting on macroscale properties. 

 

2 Materials and methods 

2.1 Materials 

PAN-based carbon fibers arranged in bundles 

(AS4C from Hexcel) are used in this study. For 

CNTs growth, catalyst solution is prepared with 

Fe(NO3)3.9H2O and Ni(NO3)2.6H2O, dissolved in 

ethanol. Production of the composite plates and 

samples for micromechanical test is done using an 

epoxy resin (Epikote 828LVEL) and amine-based 

curing agent (Dytec DCH-99). 

2.2 Methods 

2.2.1 Catalyst deposition 

After sizing removal, catalytic particles are 

deposited on the carbon fibers using a simple 

immersion method. Fiber bundles are immersed in 

the catalyst solution for 16h, after which the bundles 

are dried in air at 80°C for 1h 

2.2.2 CNTs growth 

CNTs are grown using a chemical vapour deposition 

technique (CVD) in a horizontal quartz tube. Gases 

used are a mixture of Ar  and (i) C2H4 and H2, and 

(ii) C2H2 and CO2, respectively. 

2.2.3 Characterization techniques 

CNT-grafted carbon fibers are imaged using a 

Philips SEM XL30 FEG. Single fiber tests are done 

according to the ASTM D3379 standard, with a 

gauge length of 25mm. 

 

3 Results and discussion 

3.1 Grafting CNTs on carbon fibers 

3.1.1 “Traditional” CNTs growth 

The CNTs growth that is based on thermal 

decomposition of the applied hydrocarbon gas we 

refer to as “traditional”. Typically, it requires rather 

high temperatures (i.e. 700-900°C). In this study, 

CNTs are grown on carbon fibers at temperatures 

ranging from 500 to 750°C, using C2H4 as 

hydrocarbon gas. In Fig. 1 it can be seen that high 

density of CNTs can be grown at 700°C. The lower 

temperature limit to grow CNTs is about 650°C. At 

temperatures below 650°C, no CNTs can be grown 

using the traditional CNTs growth process. 
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3.1.2 Equimolar C2H2-CO2 reaction 

CNTs can also be grown on carbon fibers using the 

equimolar C2H2-CO2 reaction [4,5]. This reaction 

differs from the traditional CNTs growth: Instead of 

the thermal decomposition, the hydrocarbon gas 

(C2H2) reacts chemically with an equal molar-

amount of CO2. When applying the equimolar C2H2-

CO2 reaction, long CNTs can be grown on carbon 

fibers at 600°C and shorter CNTs even at 500°C (see 

Fig. 2).  

3.1.3 Fiber strength degradation 

Single-fiber tensile tests indicate that the carbon 

fiber strength decreases with almost 50% after CNTs 

growth at 700°C, as shown in Fig. 3. The fiber 

stiffness does not change. The strength degradation 

is less pronounced at lower CNTs growth 

temperature and is even prevented after CNTs 

growth at 500°C. Note that CNT growth at 500°C is 

only possible with the equimolar reaction. 

3.2 Testing of CNT grafted fiber/matrix interface 

In this study, several methods are explored to test 

the fiber/matrix interface. Besides the microdroplet 

test, also the fiber push-out test is performed. The 

testing of the fiber/matrix interface is currently 

under investigation. 

To assess the effect of grafting CNTs on carbon 

fibers on macroscopic level, transverse 3-point 

bending tests are performed. The study of the 

fracture surface gives more insight into the 

mechanical behavior of the CNTs during fracture. 

4 Conclusion 

In this study, CNTs were successfully grown on 

carbon fibers at 500°C, using the equimolar C2H2-

CO2 reaction. Single fiber tensile tests indicated that 

carbon fibers were not damaged after the growth 

process. Testing of the CNT grafted fiber/matrix 

interface using different methods is explored. 
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Fig.1 CNT-grafted carbon fiber produced with the 

traditional CVD process at 650°C (left) and 700°C (right). 

Scale bar equals 10 µm. 

   

 
Fig. 2 CNT-grafted carbon fiber produced with the 

equimolar reaction at 500°C (left) and 600°C (right). 

Scale bar equals 10 µm. 
 

Fig. 3 Tensile strength of CNT-grafted carbon fibers as a 

function of growth temperature for the traditional CNTs 

growth (light) and equimolar growth (dark). 
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1 Introduction 

Although adhesive bonding of composite materials 

has undeniable advantages compared to other 

joining techniques, the difficulties encountered in 

predicting the failure of such joints prevent the 

generalization of their use. In the case of CFRP 

laminates, the failure strength can be affected by the 

ply orientation near the adhesive layer. But the 

assessment of the influence of this local parameter is 

difficult because changing local ply orientations 

results often in changing also the global elastic 

properties of the laminates. 

 

Matthews and Tester [1] studied the influence of the 

stacking sequence on the failure of single lap joints 

(SLJ) of laminates with different configurations of 

0°, 45° and -45° layers. The highest strengths were 

obtained when the 0° layers were placed on the outer 

surfaces of the laminates. In this case, the bending 

stiffness was also increased, making it difficult to 

attribute the strength to the local orientation or to the 

global stiffness. Johnson and Mall [2] studied 0/0, 

45/45 and 90/90 interfaces in SLJ of composite 

laminates. The higher strength was attained with 

45/45, followed by 0/0 and 90/90 was the worst 

case. Kairouz and Matthews [3] investigated the 

behavior of cross ply adherends with 0° or 90° 

surface layer. They noticed that the joint strength 

increased when the bending stiffness increased in the 

first case and increased when the bending stiffness 

decreased in the second case. The failure 

mechanisms were also different. Song et al. [4], in a 

more recent study, compared the behavior of SLJ 

made from laminates with three different sequences 

and concluded that the larger in plane moduli led to 

higher strength. 

 

These various studies show that the assessment of 

the effect of the stacking sequence is a difficult task, 

and the explanations provided are sometimes linked 

to the global laminate properties, and sometimes to 

local fracture effects. 

 

This study presents a method to separate these 

effects. Local effects are evaluated using a special 

quasi isotropic quasi homogeneous (QIQH) laminate 

stacking sequence, allowing variation of the ply 

orientations without changing the elastic properties 

of the adherends [5]. 
 

For comparison purpose, tests are performed on a 

well-known “quasi isotropic” stacking sequence 

which actually possesses isotropic membrane 

properties but anisotropic bending properties. The 

same local orientations are studied, but their 

influence on the joint strength is somewhat masked 

by the effect of the varying overall stiffness of the 

joint. It is nevertheless possible to explain the 

observed results by superposing local effects and 

global effects computed from a simple closed form 

analysis. 

 

2 Specimens and testing 

The adherends were manufactured from a 100g/m2 

carbon/epoxy unidirectional prepreg (Hexcel NHCM 

6376/34%/106/M40J with properties as indicated in 

Table 1). After curing (120 min at 175 °C under 700 

kPa pressure), the final thickness of the 24 ply 

laminates was 2.4 mm. 

 

Table 1. Elastic properties of the unidirectional ply 
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In order to study the local ply distribution effect, the 

chosen stacking sequences must possess the same 

[0/45/90/-45] local sequence near the adhesive. 

Hence the two selected stacking sequences: 

 

- Seq A: [0/45/90/-45/90/-45/45/-45/0/90/0/45/ 

0/45/-45/45/90/0/90/-45/90/-45/0/45]T 

 

- Seq B: [0/45/90/-45]3S 

 

Sequence A is called a quasi-isotropic, quasi 

homogeneous (QIQH) sequence. These laminates 

are uncoupled and isotropic with identical bending 

and membrane elastic properties. It means that all 

the terms of the coupling matrix [B] are equal to 

zero and that the membrane and bending reduced 

stiffness matrices are identical. 

 

   D
h

A
h 3

121
     (1) 

 

With such a choice, no change occurs in the overall 

elastic behavior of the laminate when changing the 

loading direction. 

 

Sequence B is the well-known “quasi-isotropic” 

symmetrical sequence involving [0/45/90/45] group 

of plies. This sequence actually presents isotropic 

elastic membrane properties, but marked anisotropic 

properties when considering its bending behavior. 

 

 
Fig. 1. Polar diagram of the bending moduli 

 

Fig. 1 shows the polar plots of the bending moduli of 

the two sequences, along with the ply distribution 

near the adhesive, according to the loading direction. 

One can note that the bending stiffness of the 

sequence A adherends remains the same (79 MPa) 

regardless of the orientation. In the case of sequence 

B and for the selected orientations, this stiffness 

changes from a minimum of 61 MPa at -45° to a 

maximum of 97 MPa at 0°. 

 

The single lap joint adherends were cut from the 

laminate plates manufactured at four directions 

rotated by 45° steps. The regions to be bonded were 

abraded with fine abrasive paper. This operation was 

followed by a solvent wipe. The laminates plates 

were then clamped in a special jig and a bond 

thickness of 0.4 mm was obtained using calibrated 

wire. The adhesive is a single part epoxy with 

aluminum filler (Permabond ESP110). An example 

of a tensile test performed on a bulk specimen of this 

adhesive is presented Fig. 2. The boundaries of the 

bonded area were covered with a non-stick adhesive 

tape, so as to avoid the formation of a spew fillet at 

both ends of the overlap. The curing cycle was 1 h at 

120 °C. After curing, the specimens were cut at 

20 mm width with a diamond saw. The wires 

ensuring the bond thickness were removed during 

this sawing operation. The specimen geometry is 

presented Fig. 3. 

 

Fig. 2. Stress-strain curve of the Permabond ESP110 

adhesive 

 

All specimens are made of two identical adherends, 

which means from the geometry of the single-lap 

joints that the plies orientations on each side of the 

adhesive layer are not symmetrical. For example, 

two opposite plies oriented at 0° or 90° are aligned, 
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whereas two opposite plies oriented at 45° are 

orthogonal.  

 

 
Fig. 3. Specimen geometry 

 

For each lay-up and each orientation, five specimens 

were tested until failure in a MTS screw-driven 

tensile testing machine at a rate of 0.3 mm/min. 

Acoustic emission was constantly monitored during 

the test using two micro-30 wide band piezoelectric 

transducers (100-600 kHz) attached on each 

adherend (Fig. 4). An acquisition threshold of 

40 dBEA was chosen in order to filter background 

noise. The signal was amplified and processed by a 

PCI-2 system from EuroPhysical Acoustics. Using 

two transducers allowed us to only take into 

consideration the AE events coming from the loaded 

specimen, and to eliminate noises coming from the 

grips. It also allowed locating the position of the 

event sources. 

 

 
Fig. 4. Specimen with attached acoustic emission 

transducers 

 

The accuracy of this event location computation 

depends on the precision of the sound velocity 

measurement in the material. In the case of an 

adhesively bonded joint, the sound velocity is an 

average value since the sound propagates through 

two different materials and two interfaces. A sound 

velocity value of 5000 m/s was measured using Hsu-

Nielsen pencil lead fractures. 

 

3 Results 

Failure loads measured for both sequences are 

presented fig 5. The results are ordered according to 

the position of the 0° layer among the first four plies 

near the adhesive. 
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Fig. 5. Failure loads with respect to the local ply 

distribution 

(1: [0/45/90/-45/…; 2: [-45/0/45/90/…; 

3: [90/-45/0/45/…; 4: [45/90/-45/0/…) 

 

The standard deviation of the failure load values is 

in the order of 200 MPa for each set of specimens. 

The highest values of standard deviation are 

observed for the specimens with a 0° ply near the 

adhesive. 

 

The strength of the SLJ made from Seq A adherends 

seems to increase when the position of the 0° layer is 

farther from the adhesive layer. This is not the case 

for Seq B, which gives better results than Seq A for 

the first orientation, similar results for the second 

and lower results for the third and fourth 

orientations. These observations cannot be 

straightaway explained with local or global analyses 

and need further investigation. 

 

Fracture examination 

Close examination of the specimens after failure 

shows that the fracture mechanisms are identical for 
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the two sequences A and B when considering the 

same set of first four plies near the adhesive layer. 

 

The fracture initiates at the end of the overlap, where 

the peel and shear stresses are the highest, and then 

propagates inside the first plies until the adherend 

breaks. No adhesive fracture has ever been observed 

at any time. A typical lateral view of a broken joint 

is presented in Fig. 6: the adhesive layer is intact; the 

lower adherend has failed while the upper one is 

only partially fractured. 

 

 
Fig. 6. Typical fracture 

 

The different fracture mechanisms can be 

reconstructed from the examination of broken 

specimens presented in Fig. 7. 

 

Case [0/45/90/-45… (Fig. 7-a) 

The 0° layer fibers are fractured at the end of the 

overlap under the action of the peel stress (or under 

a combination of bending and peel stresses). Once 

the crack has crossed a small fraction of the 

thickness of this layer, it propagates very easily 

along the fibers and across the matrix in an 

intralaminar mode. Only this 0° layer is affected by 

the fracture mechanism. 

 

Case [-45/0/45/90… (Fig. 7-b) 

The crack initiates in the -45° layer and propagates 

in an intralaminar fashion. It cannot lead to the total 

failure of the joint because only a triangular zone is 

delaminated. The crack then crosses some fibers of 

the 0° layer and propagates in this layer until failure. 

 

Case [90/-45/0/45… (Fig. 7-c) 

The first 90° layer is easily crossed since no fibers 

need to be broken. Once this layer is crossed, the 

apparent failure mechanism becomes very similar to 

the [-45/0/45/90… case. The only difference is that 

the -45° fibers are less neatly separated in two 

triangular shapes and some of these remain 

unbroken. 

 

Case [45/90/-45/0… (Fig. 7-d) 

The crack initiates in the 45° layer and propagates in 

a triangular zone. The 90° layer under this first layer 

is easily crossed and the fibers of this layer in front 

of the crack path are totally expelled during the 

failure. The next layer is composed of -45° fibers. It 

separates also in two triangular shapes. The post 

failure examination does not allow determining if 

the failure of this -45° layer appears at the same time 

or after the failure of the 45° layer. As in the 

previous cases, the crack crosses some fibers of the 

0° layer and propagates in this layer until total joint 

separation. 

 

 

a - 0° layer in first position [0/45/90/-45… 

 

b - 0° layer in second position [-45/0/45/90… 

 

c - 0° layer in third position [90/-45/0/45… 

 

d - 0° layer in fourth position [45/90/-45/0… 

 

Fig. 7. Crack paths for the four configurations of the 

first four plies 

ICCM19 146



 

5  

GLOBAL AND LOCAL INFLUENCE OF STACKING SEQUENCE ON THE STRENGTH OF 

ADHESIVELY BONDED JOINTS OF CFRP LAMINATES 

 

The main conclusion that can be drawn from these 

observations it that the crack always goes through 

the first layers until it reaches the 0° layer which 

then fails in an intralaminar mode. In the case of 

sequence A, the number of crossed layers is 

associated with an increase of the failure load, 

suggesting that the crack path complexity positively 

affects the SLJ strength. 

 

Acoustic emission 

The AE activity monitored during the tests provided 

numerous data. The use of two transducers allowed 

locating the acoustic events sources. The major part 

of the recorded events came from the adhesive layer 

zone, and particularly from both ends of the overlap 

(Fig. 8). 

 
Fig. 8. AE location 

Fig. 9 presents the AE activity recorded during a 

tensile test performed on a Seq A joint, with a -45° 

orientation (0° layer in fourth position). The first 

high amplitude events appear when the load is 

around 2 kN. There is a slow increase of the number 

of events before the first failure of a ply. This 

appears as a step on the load curve, associated with 

very high amplitude events. 

 

 
 

Fig. 9. AE events recorded during a tensile test (Seq. 

A, -45°). 

 

 
Fig. 10. Examples of AE activity recorded during the tensile tests: cumulated counts vs load (N) 
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These observations can be summarized in term of 

cumulated counts versus load curves (Fig. 10-abcd). 

This set of curve appears as a confirmation of the 

failure mechanisms inferred from the optical 

observations. When the fracture happens in the first 

0° layer (Fig. 10-a), very few events are recorded. 

On the contrary, when several layers are involved in 

the failure process, an intense acoustic activity is 

observed (Fig. 10-bcd). This suggests that the layer 

cracking and delamination involved in the failure 

process do not occur simultaneously. There is a 

temporal succession in the advance of the crack 

through the different layers. In the case of joints 

made from QIQH laminates, the more layers the 

cracks have to go through, the higher the breaking 

strength is. 

 

4 Discussion 

Results show that the two studied sequences differ 

only by the values of the failure strength, since the 

fracture mechanisms are identical. The hypothesis 

that can be made is that two phenomena occur in 

combination during the failure process: a local 

effect, depending on the order of the layers near the 

adhesive, and a global effect, coming from the 

elastic properties and depending also on the layer 

order but this time in the whole laminate. 

 

The local effect is readily assessed from the 

sequence A results, since they were unaffected by 

change in elastic properties. This effect was 

described above. 

 

The problem here is that it is impossible to assess 

the global elastic properties influence from the 

sequence B results, since local effects are also 

implied in the failure. Therefore, we chose to 

analyze this influence using the closed form solution 

proposed by Hart-Smith [7]. This analysis is based 

on the global elastic properties of the laminates and, 

as such, unable to predict the real failure strength in 

the present case. But it allows us to compute the peel 

stress and the bending stress in the adherends at the 

ends of the overlap for a given load in the bonded 

joint. Since the experimental observations indicate 

that the peel stress is certainly playing a major role 

in the fracture initiation, we will consider only this 

stress in the following. Hart-Smith solution was later 

modified by Kairouz and Matthews [3]. They 

introduced a change in the bending term to take into 

account the difference between tensile Poisson’s 

ratio and bending Poisson’s ratio. This derivation is 

recalled below: 

 

The average stress is given by 

 

tPav /
     (2) 

where P is the failure load per unit joint width and t 

is the adherend thickness. 

 

The adhesive peel stress is given by 
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where: 

 

- E is the adhesive elastic modulus, 

- Em is the effective membrane elastic 

modulus of the adherends 

- k is the eccentricity factor given by 
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with D
P

, and c the half length of the overlap. 

- ta is the adhesive layer thickness 

 

- D is the flexural rigidity as modified in [3] 
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with b the bending Poisson’s ratio and Eb the 

effective bending modulus of the adherends 

 

- and finally kb is the non-dimensionalized 

bending stiffness parameter for composite 

adherends introduced by Hart-Smith [7] and 

modified in [3]: 
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where aij and bij are respectively the membrane and 

bending compliance terms of the laminate 

compliance matrix. 
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Values of kb corresponding to the different adherend 

orientations are presented in table 2. kb is of course 

equal to unity for each orientation in the case of 

sequence A. 

 

Sequence A B 

Orientation - 0° 45° 90° -45° 

kb 1.00 1.22 1.15 0.84 0.77 

 

Table 2. Values of the bending stiffness parameter kb 

 

The global properties influence linked to this 

bending stiffness was arbitrarily estimated by the 

method described thereafter. First, a mean failure 

peel stress (49 MPa) was computed from the average 

failure load (4250 N) of all the tested specimens, 

using equation (3) with sequence A elastic properties 

(i.e. kb=1) . Then this value of peel stress was used 

to find the corresponding failure loads for the 

different orientations of sequence B. The percent 

deviation of the four computed failure loads from 

the average value allowed quantifying and ranking 

the global properties effect. The same treatment was 

applied to sequence A results (deviation in percent 

from the average failure load). Both local and global 

influences are presented together on Fig. 11. 

 

As it is well known and considering only global 

effects, when the bending stiffness of the adherends 

is increased, the peel stress is reduced and the 

predicted failure load is increased. So the global 

influence presented in Fig. 11 is not surprising. The 

local fracture mechanisms explained previously have 

a somewhat different influence, and, in the case of 

0° and -45° orientations, a totally opposite effect.  

 

As mentioned above, the experimental failure loads 

measured in the case of sequence B joints cannot be 

explained by considering only global or local 

properties, but by taking into account the 

combination of both effects. That is the reason why 

we tried to superpose these effects by simply adding 

their influences in term of percent deviation. Fig 12 

shows the results of this superposition compared to 

experimental results. 

 

While the agreement is not totally satisfactory, this 

superposition goes a long way to explain why the 

failure strengths of sequence B joints according to 

tensile direction vary less markedly that what could 

have been predicted from either bending stiffness or 

local fracture mechanism considerations. 

 

 
Fig. 11. Failure strength deviations from the average 

value according to local and global influences 

 

 

 
Fig. 12. Failure strength deviations from the average 

value as measured (sequence B) and predicted 

 

 

5 Conclusion 

The purpose of the study was to investigate the role 

of the stacking sequences in the tensile failure of 

adhesively bonded joints made from carbon/epoxy 

laminates.  

 

In each studied case, the mechanism of crack 

propagation in the first four plies was reconstructed 

from the examination of the failure surfaces of the 

bonded joint and the recorded AE data. The 0° layer 

is the locus of an intralaminar crack resulting in a 

rapid fracture of the specimen, so the position of this 

layer with respect to the adhesive layer has a real 

influence on the joint strength when considering 
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QIQH sequence. Both failure load and AE activity 

(cumulative counts) are shown to increase with the 

distance of the 0° layer from the adhesive/laminate 

interface. This is explained by the increased 

complexity of the crack path ending in the 0° layer. 

 

The comparison with sequence B results shows the 

same failure mechanisms associated with the same 

AE activity, with respect to the local ply 

orientations, but different failure load values. This is 

due to the concurrent influence of the strengthening 

effect of the adherend bending stiffness in single lap 

joints.  

 

As the failure strength of the adhesively bonded 

joints is dependent on both the local orientations and 

the global properties of the laminates, it is therefore 

important to separate these interactions in order to 

draw a correct interpretation of the influence of the 

stacking sequence on the failure process. The elastic 

strengthening effect can be accounted for using a 

simple closed form solution, but the assessment of 

the local effect requires an experimental approach 

using special QIQH sequences. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

The Automated Fibre Placement (AFP) process 

shows great potential for efficient manufacturing of 

large composite structures. An AFP machine 

consists of a computer controlled robotic arm with a 

placement head (refer to Fig. 1) that lays bands of 

pre-preg strips (slit tape) onto a mould in order to 

construct the layup.  The pre-preg strips are 

relatively narrow (~6mm) tapes. Due to the 

complexity of the tape laying process, gaps and 

overlaps as shown in Fig. 2 can be introduced 

between the adjoining tapes. These gaps and 

overlaps can cause a reduction in strength as 

compared with pristine conditions. It is important to 

understand how the size and distribution of such 

gaps and overlaps influences the strength and failure 

development. There are a large number of different 

combinations and permutations for gap and overlap 

defect types, and finite element modeling is an 

effective way to understand the interactions of these 

defects and provide guidelines to the tolerance of 

gaps and overlaps. Previous modeling work on gaps 

and overlaps by Cairns et al [2], Sawicki and 

Minguet [3] and Turoski [4]  demonstrated the 

ability to simulate the failure with gaps and overlaps. 

However their models did not capture all the 

detailed features of gaps and overlaps in composites 

and are quite  labour intensive. In  this work 3D 

meshing tools were developed to automatically 

generate ply-by-ply models with gaps and overlaps.  

Cohesive elements for potential intra-ply splits and 

inter-ply delamination were also generated in the 

models. Models with various sizes and distribution 

of gaps and overlaps were built to predict the 

reduction of strength as a function of the magnitude 

and type of the defects. Results of gap and overlap 

models were used to guide the experimental 

characterization of simulated AFP process defects, 

manufactured by hand layup from pre-preg tape.  

 

2. Features of gaps and overlaps in composites 

To investigate the features of gaps and overlaps, trial 

specimens using IM7/8552 pre-preg with layup 

[45/90/-45/0]2S were made by hand and autoclave 

cured at the University of Bristol. During the cure 

process two variants on the top surface of the 

specimens were used, one with soft tooling and one 

with hard tooling. The soft tooling used only release 

film, a layer of breather material and the vacuum 

bag. The hard tooling used a flat Aluminum plate in 

addition to the release film and breather material. 

The specimen made with hard tooling has a constant 

thickness despite the existence of gaps and overlaps 

while the specimen made with soft tooling has 

decreased thickness at gaps and increased thickness 

at overlaps, as shown in Fig. 3. 

 

The specimens were then sectioned perpendicular to 

the path of the gaps and overlaps.  Fig. 4 gives 

typical images of the sectioned gaps and overlaps. 

From the sectioned images, it was found that 

overlapping plies merged at the overlap zone and 

plies at gaps have a tendency to flow into and fill the 

gaps. In the case of gaps and overlaps being 

superimposed, the resin rich area and ply merging 

phenomena are enhanced.  

 

Based on the above observations, the simplified 

features for gaps and overlaps models were proposed 

as shown in Fig.5. For the gaps models, the ply has a 

length of Agap to flow into the original gap. Away 

from the gap the ply within length Bgap was thinned 

down due to part of the ply material flowing into the 

gap. At the tip of the ply in the gap is a resin rich 

pocket with a length of Rgap. The thinnest part of 

the resin area has a minimum thickness of Hmin. In 

overlap models, there is a transition area with length 

Aoverlap between the single ply and overlapped 

plies.  A simplified interface was put between the 

two overlapped plies. The overlapped plies have a 

total increased thickness of Hoverlap as compared 

with a single ply. Both the ply thin down shape in 
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Fibre Placement (AFP) manufactured laminates 
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the gap models and ply transition shape from single  

to overlapped plies follow cosine functions. 

 

For models with soft tooling, the ply thickness away 

from the regions influenced by gaps and overlaps is 

the same as in the pristine condition. Therefore the 

overall laminate thickness decreases at locations 

with gaps and increases at locations with overlaps. 

For models with hard tooling, the overall laminate 

thickness needs to remain constant, as for the 

pristine condition. Therefore the ply thickness over 

gaps need to be increased and thickness over 

overlaps need to be decreased. As fibres in 0
o
 plies 

bridge over regions with gaps and overlaps and 

cannot flow along the paths of gaps and overlaps, 

changes of thickness are evenly averaged only to 

every non-0
o 

ply. The thickness of 0
o
 plies is not 

influenced by gaps and overlaps, i.e. the ply 

thickness of 0
o
 plies over gap and overlap regions 

remains the same as the pristine condition. For plies 

with changed thickness, the fibre direction modulus 

is also changed due to the variation of fibre volume 

fraction. The in-situ ply modulus in the fibre 

direction is simplified as a function of the in-situ ply 

thickness: 

    E11(T)=(E11*To+max(0,(T-To))*E22)/T       (1) 

where T is  the in-situ ply thickness, To is the 

pristine ply thickness, E11 and E22 are pristine ply 

moduli and  E11(T) is the  in-situ ply modulus in the 

fibre direction.  

 

The shear, transverse and through-thickness moduli 

of the plies are not influenced by gaps and overlaps, 

i.e.  

E22(T)=E22 

E33(T)=E33 

G12(T)=G12;   G13(T)=G13;  G23(T)=G23 

Where (T) denotes the in-situ condition. 

 

3.  Meshes for gaps and overlaps models 

In order to put intra-ply cohesive elements along the 

fibre direction to capture the splitting development 

in differently orientated plies, in-plane meshes for 

the gaps and overlaps models consist of unit cell 

meshes as shown in Fig. 6.  The diagonal angle of 

the unit cell mesh can be adjusted to be applicable to 

different oriented plies. For instance a quasi-

isotropic layup consisting of 0
o
, 90

o
 and ±45

o
 plies 

uses the unit cell mesh as shown in Fig. 6a. For a 

layup consisting of 0
o
, 90

o
 and ±30

o
 plies, the unit 

cell mesh is shown as Fig. 6b.                

 

By inputting the unit mesh size, the dimension of 

each ply and the spacing of pre-defined splits in the 

plies, the meshing tools can generate the basic mesh 

for each oriented ply. Cohesive elements for intra-

ply splits are put at interfaces between different 

colored areas.  

 

The distribution of gaps and overlaps within a ply 

can be expressed by an array [no. of ply, xc, yc, gap 

or overlap size], where ‘no. of ply’ identifies the ply 

in which to put gaps and overlaps, (xc, yc) are the in-

plane coordinates of the  centre, and ‘Gap or overlap 

size’ defines the size. Positive value of the size 

represents an overlap and negative size means a gap. 

 

By inputting the stacking sequence and distribution 

of gaps and overlaps, the meshing tool generates the 

meshes with defects. Cohesive elements are 

generated between plies to capture potential 

delaminations. For the model with the hard tooling 

condition, the ply thickness was automatically 

adjusted based on the assumption in section 2 to get 

constant laminate thickness at regions with gaps and 

overlaps.  For the soft tooling model the plies were 

assumed to have less thickness reduction or increase 

due to the flexible upper surface. Fig. 7 gives an 

example of such a mesh with layup [45/90/-45/0]3s 

and gap distribution array as:  

[3,  xo,   yo, 2] 

[7,  xo+10,   yo+10, 2] 

[11,  xo+20,   yo+20, 2] 

[14,  xo,   yo, 2] 

[18,  xo+10,   yo+10, 2] 

[22,  xo+20,   yo+20, 2] 

The overlap distribution array is: 

[3,  xo,   yo, -2] 

[7,  xo+10,   yo+10, -2] 

[11,  xo+20,   yo+20, -2] 

[14,  xo,   yo, -2] 

[18,  xo+10,   yo+10, -2] 

[22,  xo+20,   yo+20, -2] 
 

Meshes with gaps and overlaps as shown in Fig.7. 

were then stacked up with the meshing tool to form 

a laminate model as shown in Fig. 8. with cohesive 

elements generated between plies to capture the 

potential delaminations.  For Cut-section views of 

the model in Fig. 8a. show the existence of gaps and 

overlaps in the model. Fig. 8b. gives close 3D views 

of the gaps and overlaps in the model. 

 

4. Failure Criteria 
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Cohesive elements inserted in gaps and overlaps 

models for intra-ply splitting and inter-ply 

delamination used a strength based initiation and 

fracture energy based propagation criterion [5]: 
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Where 1  and II  are mode I and mode II stress, 

max

I  and 
max

II  are mode I and mode II maximum 

stress. GI and GII are mode I and mode II fracture 

energy, GIC and GIIC are critical energy release rates 

for mode I and mode II respectively. 

 

The Weibull statistical failure criterion in Eq. (4) [6] 

which integrates stresses over the entire model is 

implemented within the ply solid elements to capture 

the fibre tensile failure.  
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Where σunit is the unidirectional failure strength of 

one unit volume material and m is the Weibull 

modulus. σi and Vi are elemental longitudinal tensile 

stress and volume respectively.  

 

The ply solid elements are orthotropic and elastic. 

When the fibre failure criterion in Eq. (4) is 

satisfied, the element with the maximum fibre 

direction stress loses its load carrying capability and 

is removed from the model. The load is 

automatically redistributed to other remaining 

elements by the FEA program. With the loading 

continuing, stresses keep increasing until the Eq. (4) 

is satisfied again, then a further element with the 

maximum longitudinal tensile stress in the model at 

this time step is removed. In this way, the 

progressive damage propagation in gaps and 

overlaps specimens is simulated. 

 

For compressive failure, the simple maximum stress 

failure criterion as in Eq.(5) was used. 

cX11                                                              (5) 

Where 11 is the fibre direction stress, cX is the 

compressive strength of plies. When the fibre 

direction stress exceeds the compressive 

strength, the specimen was taken to experience 

a sharp failure. 
 

5. Comparison of models for hard tooling and 

soft tooling condition 

To compare the difference of models for hard 

tooling and soft tooling condition, the layup and 

defect distribution as shown in Fig. 9. were used. In 

the configuration of Fig. 9, 2mm wide gaps and 

overlaps were generated simultaneously by shifting 

a strip of 6mm wide tape. Cut section views of the 

layed-up models for hard tooling and soft tooling are 

compared in Fig. 9b and c.  To enhance the 

visibility, the ratio in the thickness direction of the 

section was increased so that the ply waviness inside 

the laminate looks more severe than the actual case. 

It can be seen that the model for hard tooling has a 

flat top surface and the model for soft tooling has an 

undulating surface. The ply waviness in the hard 

tooling model is less than that in the soft tooling 

model. 
 

Gross section stress vs. tensile strain curves of the 

two models are compared in Fig.10. in which the 

hard tooling model has an obviously larger failure 

initiation stress and final failure stress.  The failure 

initiation location can be identified both in-plane and 

in the through-thickness direction in the model, as 

shown in Fig. 11.This comparison suggests that hard 

tooling can help reduce the ply waviness at gaps and 

overlaps and thus increase the tolerance to such 

defects.  

 

6. Batch analysis of gaps and overlaps models 

 

To test the reliability of the meshing tool, pristine 

models were firstly created and simulated in both 

tension and compression. The pristine models failed 

by delamination in tension and by fibre failure in 

compression. Table 3 gives the comparison of test 

results for the pristine specimen with the results 

predicted by the models. The good agreement 

between tests and models for the pristine layup in 

both tension and compression cases suggests that 

distribution of cohesive elements for splitting and 

delamination and failure criteria for cohesive 

elements and fibres are reasonable. 
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A series of defect models with layup [45/90/-45/0]3S 

were then created using the meshing tools and 

simulated in both tension and compression. Each of 

the plies is 0.25mm thick and the total laminate 

thickness is 6mm. Materials for the layups are 

IM7/8552 with the material properties listed in Table 

1 for plies and Table 2 for cohesive elements. The 

influence of isolated defects was firstly investigated. 

In the defect models, either gaps or overlaps were 

placed only in the 90° plies( as shown in Fig. 12.), 

45° plies and -45° plies with or without stagger. The 

modeling demonstrated that overlaps without stagger 

have the largest predicted knock-down on the 

strength compared with gaps and overlaps with 

stagger. Defects in the 45° or -45° plies have a larger 

effect on the failure than defects in the 90° plies. 

Defects in 45 ply and -45 ply have a similar effect 

on the failure.  

 

Another series of gaps and overlaps models with 

layup [45/90/-45/0]3S and defects only in the -45
o
 

plies were then created to investigate the influence 

of defect size, stagger repeat and stagger distance. 

This series of models include only gaps or overlaps 

in -45
o
 plies with positive stagger distance as shown 

in Fig. 13a, negative stagger distance as shown in 

Fig. 13b and combination of gaps and overlaps in -

45
o
 plies with negative stagger distance as shown in 

Fig. 12c. Based on the assumption that the defect 

features in all combination of gaps and overlaps 

models are the same, all studied cases with defects 

only in -45
o
 plies failed by delamination in tension 

and by fibre failure in compression due to the stress 

concentration at the waviness caused by the gaps 

and overlaps. It was further found that negative 

stagger distance has the largest influence on the 

failure of the defect models. Defect size, stagger 

repeat and positive stagger distance have a minor 

influence on the failure. For the tension cases with 

negative stagger distance and the same defect size, 

the influence of Overlaps is greater than Gaps with 

Gaps+Overlaps in combination having the least 

effect. For cases of compression with negative 

stagger distance and the same defect size, the 

influence of Gaps is greater than Gaps+Overlaps in 

combination with Overlaps having the least effect.   

 

To investigate the influence of interacting defects, 

models with overlapping gaps and overlaps, i.e. 

defects in the 45, 90 and -45 plies, were created. At 

the in-plane cross-over point these defects give rise 

to a “stack up” of the gaps or overlaps as shown in 

Fig. 14a. For the stacked up gaps and overlaps 

models, three cases of the cross-over centre of the 

defects were considered: close to either edge and at 

the centre of specimen, as shown in Fig.14b. Cut-

section views of the superimposed gaps and overlaps 

at cross-over point are shown in Fig. 14c and d. 

Results were generated for both tension and 

compression loading, as shown in Table 4. The 

specimens failed by delamination in all tension cases 

and by fibre failure in all compression cases. 

Comparison in Table 4 also shows that the 

interacting gaps have a greater strength knock-down 

than the overlaps in both tension and compression . 

When the cross-over centre of gaps and overlaps is 

close to either edge of the specimen, the influence of 

defects is increased compared with the defects in the 

centre. This conclusion will be validated against 

experimental results in the future.  

 

7. Summary and discussion 

A sophisticated meshing tool has been developed to 

automatically create complex models of gaps and 

overlaps specimens. This meshing tool makes it easy 

to create series of defect models with various 

combinations and permutations of gaps and 

overlaps, hence to systematically investigate the 

influence of defect size and distribution on the 

strength knockdown of the specimens. Cross-section 

views of gaps and overlaps in the models generated 

automatically from a set of predefined parameters 

showed very good agreement with views of 

manufactured specimens. Both tensile strength and 

compressive strength of pristine models generated 

by the meshing tool have a good agreement with the 

test results, showing great potential for the meshing 

tool for gaps and overlaps models. Discoveries from 

batch analysis of the defect models with both 

isolated gaps and overlaps and interacting gaps and 

overlaps are encouraging, though they still need to 

be verified again tests in future. With detailed finite 

element analysis such as this it will become possible 

to generate guidelines for the tolerance of specimens 

made by AFP to gaps and overlaps.  
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Tables 

 

Table 1  Fibre material properties of 

IM7/8552(1=fibre direction) 

E11(GPa) E22=E33(GPa) G23(GPa) G12 = G13(GPa) 

161 11.4 3.98 5.17 

v12 = v13 v23 α11(
o
C

-1
) α 22=α33(

o
C

-1
) 

0.32 0.436 0 3x10
-5 

m σunit(MPa)   

41 3131   

 

Table 2. Cohesive material properties of IM7/8552 

GIC 

(N/mm) 

GIIC 

(N/mm) 

Mode I Yield 

Stress (MPa) 

Mode II Yield 

Stress (MPa) 

0.2 1.0 60 90 

 

 

 

 

Table 3. Comparison of tensile and compressive 

strength of pristine layup [45/90/-45/0]3S with material 

IM7/8552 in tests and in  models 

 

[45/90/-45/0]3s 

(IM7/8552) 

Gross-Section Failure Stress(MPa) 

Test Model  Diff(%) 

Pristine in 

Tension 

747 740 0.94 

Pristine in 

Compression 

644 625 2.95 

 

Table 4. Comparison of strength knockdown by 

superimposed gaps and overlaps in both tension and 

compression 

 

[45/90/-45/0]3s 

(IM7/8552) 
Strength in 

Tension(MPa) 

Strength in 

Compression(MPa) 

model 
Knock 

down(%) 
model 

Knock 

down(%) 

Pristine 740  625  

Gaps 

edge1 463 -37.4 452 -27.6 

center 471 -36.3 493 -21.1 

edge2 572 -22.7 495 -20.8 

Over 

laps 

edge1 664 -10.3 520 -16.9 

center 654 -11.7 533 -14.8 

edge2 683 -7.8 519 -16.9 

 

 

 

 

Fig. 1. Automated Fibre Placement head[1] 
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Gap                                         overlap 

Fig. 2. Schematic gap and overlap between adjoining 

tapes 

 

 
Gap with hard tooling          Gap with soft tooling 

 
Overlap with hard tooling         Overlap with soft tooling 

Fig. 3. Cut-section view of gaps and overlaps trial 

specimens with soft and hard tooling 

 

 
Gaps 

 
Overlaps 

Fig. 4. Sectioned views of gaps and overlaps in trial 

specimens 

 

 

 

 
Feature for Gaps models 

 

 
Feature for Overlaps models 

Fig. 5. Simplified features of gaps and overlap models 

 

 

 

 

 

 

a. for 45
o 
, -45

o
ply

                    
b. 

 
for 30

o
,-30

o
ply 

 

Fig. 6. Unit cell for the meshes of gaps and overlaps 

models 

 

 

 

 

 

 

 

Tape1 Tape2 
Tape1 

Tape2 

Path for splits 

Aoverlap/2 
Aoverlap/2 
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a.meshes with layup[45/90/-45/0]3s 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
b. cut-section views of distributed gaps 

 

 
 

 
c. cut-section views of distributed overlaps 

 

Fig.7. Meshes with layup [45/90/-45/0]3s and cut-section 

views of distributed gaps and overlaps 

 

 

 
 

 

 

 

 

 

 

 

 

 

 

 
gaps                                overlaps 

 

a. cut-section views of gaps and overlaps in the model  

 

  
Gap                                        overlap 

 

b. 3D views of gaps and overlaps in the model 

 

Fig.8. Gaps and overlaps model with a stacking 

sequence [45/90/-45/0]3s 

 

 

 

 

 

 

 

 

 

 

 

Thin down ply 

resin 
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a. defects distribution 

 

 
b. cut-section view of the model for hard tooling 

 
c. cut-section views of the model for soft tooling 

 

Fig. 9. Comparison of cut-section views of models for 

hard and soft tooling, thickness changes magnified  

 

 

 

 
 
Fig.10. Comparison of failure stresses of hard tooling 

and soft tooling models 

 

 

 

 
Delamination initiation        delamination propagation   

 

Fig. 11. Failure (delamination) intiation and 

propagation within the hard tooling model 

 

 

 
         Gaps or overlaps only in 90

o
 plies 

 
Fig. 12. Gaps and overlaps only in 90° plies with or 

without stagger 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

soft tooling model 

Hard tooling model 
Delamination 

initiation 
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a.only gaps or overlaps with positive stagger distance 

 
b.only gaps or overlaps with negative stagger distance 

 
c. combination of gaps and overlaps with negative stagger 

distance 

 

Fig.13. Defect seeds only in -45
o
plies 

 

 

 

 
a.stacked-up defect seeds     b.cross-over center of defects 

 

   

c. Gap model                d.  Overlap model 

Fig.14 Stacked up defects in the inner-most plies  

 

edge1 

edge2 

center 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

 

The European Spallation Neutron Source (ESS [1]) 

is a multi-disciplinary research centre that will be 

built in Lund, Sweden. This new generation long 

pulse source spallation source will have a high flux 

and a unique time structure. With the first neutron 

expected in 2019, the instrumentation suite is 

currently under development. Since the ESS will be 

a pulsed neutron source, almost all instruments will 

rely on the time-of-flight technique, i.e. the neutron 

energy will be determined by its time-of-flight. For 

this purpose a multitude of different chopper devices 

are needed for instance for beam shaping, 

monochromatizing or to avoid overlap between 

subsequent pulses.  They all have different 

requirements concerning diameter and rotational 

speed.  

At the ESS, it is expected that the guides needed to 

transport neutrons from the source to the respective 

instrument will have sizes up to 0.4x0.4 m2 which 

therefore require large chopper devices with very 

large apertures. 

The present paper describes the results of a 

preliminary parameter study on large disc diameters. 

 

2 Background 
 

An example for a time-of-flight spectrometer is 

shown in Fig. [1] which depicts the layout of the 

cold neutron spectrometer TOFTOF located at the 

Forschungneutronenquelle Heinz Maier-Leibnitz 

(FRM 2) in Munich. It allows the investigation of a 

great variety of topics, e.g. diffusive processes in 

liquids and melts, high-frequency acoustic 

propagation, optical vibrational modes, magnetic 

excitations and tunnelling spectroscopy. TOFTOF 

utilizes a cascade of choppers to produce a pulsed 

monochromatic beam which then impinges on the 

sample. The disc rotatation speed (up to 22 000 rpm)  

mainly defines the length of the pulse that hits the 

sample. From the time-of-flight from sample to 

detector, the neutron energy after the scattering is 

determined. 

  

 

Figure 1 Schematic plan of the time of flight 

spectrometer TOF-TOF at FRM II [2] 

 

2.1 Chopper Disc 

 

A chopper disc is a circular disc with a central 

circular cutout, through which the rotating axel is 

fixed. On the outer part of the disc one or more 

apertures, or “windows”, are present through which 

the neutrons are passing. The outer area of the disc is 

coated with a neutron absorbing material, typically 
10B. The opening time to the disc is therefore 

determined by the time the window opens the 
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neutron guide, hence from the angle of the aperture 

and the rotation speed.   

 

Usually, the first chopper  pulses the neutron beam. 

A second chopper just in front of the sample selects 

neutrons within a narrow range of speeds. 

Additional choppers remove “contaminant” 

wavelengths and reduce the pulse frequency at the 

sample position. 

Counter-rotating chopper pairs (located closely 

together) with a certain speed behave like single 

choppers with twice that speed.  

 

 

 

Figure 2 Example of CFRP chopper discs [4]. 

 
Current state-of-the-art chopper discs have a 

maximal operating speed of 20,000 rpm and an outer 

diameter of 0.7 m maximum (independently of the 

number of apertures and their dimension). The discs 

rotate in a housing where vacuum is applied. 

 

The weight of the disk is also an important 

parameter as this determines the power of the engine 

needed to rotate the disc. This makes the disc weight 

an important design parameter 

 
A parameter that is becoming more important is the 

first global eigenfrequency of the disk. When the 

first eigenfrequency is lower than the operational 

speed, the disk needs more time during the 

acceleration up to the operational speed and during 

slowing down. In particular, when a sudden stop is 

needed due to some system failure, it is better to 

have a stiff disc that is able to stop quickly 

compared to a lighter, less stable disc. In practice, a 

trade-off is often needed to find the optimal 

compromise between low weight and high stiffness   

 

2.2 Manufacturing 

 

The first chopper discs were originally made of 

metal alloys, due to the  isotropic material properties 

that relax the criticality of the design restrictions, 

especially around the cutouts. The price of the raw 

material and easiness of production are the key 

reasons to stick for so long to this manufacturing 

process.  

In the last decades, higher rotational speed were 

required as well as larger diameters, and fibre 

composites are preferred, due to their high specific 

strength.  

 

For chopper production, carbon fibre pre-preg is 

used, hardened in an autoclave between two steel 

moulds to obtain the best performances in terms of 

fibre volume content and outer shape. 

The boron coating is co-cured during this process. 

Trimming of the disc and fabrication of the features 

such as windows and the balancing holes is done by 

milling. 

 

3 Parameter Study 

The advantage of a completely new research centre 

is the freedom of design of each instrument. 

However, it is foreseeable that ESS will have a 

number of instruments located at long distances 

from the source of neutron production. Advanced 

neutron guide systems to transport the neutrons to 

the instruments require rather large dimensions up to 

0.4x0.4m2 and hence also the diameter of the 

chopper discs will increase. The objective is to 

design chopper discs able to use the complete 

neutron beam. 

The purpose of the present work is, therefore, to 

have an estimation of the maximum speed 

achievable by a chopper disk of one-meter diameter 

with two large symmetrical apertures. The outcome 

should provide the physicists with the necessary 

information to be able to design the most performing 

instrument.  

The parameters that have been varied are the 

following: 
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 3 window angles 30°, 40°, 50° 

 3 window depth   20, 30, 40 cm 

The internal diameter of the disc, necessary to 

accommodate the interface between the disc and the 

axle is set to 50 mm, while the external diameter is 

1 m. All combinations of geometry are shown in 

Figure 3. 

In order to reduce computational time, the symmetry 

of the disk has been considered and only one quarter 

of the disk has been modelled. Appropriate 

symmetric boundary conditions are applied at the 

two edges of the model.  

20 mm

30 mm

40 mm

30° 40° 50°

 

Figure 3 Geometry of the different discs. 

 
In the case of the discs with windows of 40 cm 

depth, it is already visible from Figure 3 that the 

producibility of such a disc is hardly feasible. Th 

reason is that there is a too small amount of material 

between the edge of the window and the central hole 

of the disc. This, beside the low expected ultimate 

speed. Will make it very difficult to design a 

connection between the axle and the disc. The 

analysis was carried out mainly for comparison 

purposes.  

In a later phase, a larger diameter, for the same slot 

dimensions, could be considered. 

As the disks are relatively thin, the eigenfrequency 

of each disk is calculated for each configuration as 

reference. The eigenfrequency, compared to the 

calculated ultimate speed, can always be increased 

with an increase in weight, which has to be taken 

into account when the preliminary design of the 

instrument is carried out. 

 

4 Design optimisation 

An optimisation of the thickness distribution is 

carried out based on a linear static analysis. The disk 

is divided in concentrical rings, as shown in Figure 4, 

each of them having a thickness equal to a multiple 

of a “basis thickness” made of 8 layers of prepreg in 

quasi-isotropic layup: (0/45/90/-45)s. 

1234……..
8

16

 

Figure 4 Example of the definition of the different 

regions for the assignment of the material properties. 

 

The regions are defined in view of manufacturing 

considerations and the functional requirements of 

the disc. 

The disk is in fact manufactured superimposing 

circular pre-preg layers with different diameters on 

the two mould halves in order to obtain the desired 

cross-section. The thickness increases from the 

larger diameter to the inner. 

The regions numbered  8 to 16, have to fulfil a 

structural requirement. The area around the cut-outs, 

in fact, will present high stress concentration. A 

change in thickness in these most loaded areas, 

therefore, will cause an increase of interlaminar 

shear stresses as well, which consequently, with a 

change of thickness and therefore stiffness, will 
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increase the chance of delaminations. This is mostly 

valid for the region 8, which is regarded as the most 

critical area. In the case of region 16, a larger area of 

constant thickness is considered to allow for an easy 

fixation of the interface between axle and disc. 

In the final design, a third wider area of constant 

thickness has to be created in order to manufacture 

the holes needed to balance the disk (as also shown 

in Figure 2). As the balancing holes are small, it is 

assumed that an area with constant thickness in a not 

highly loaded area can be easily defined in a later 

stage and does not influence the parameter analysis.  

Given the material characteristics of the pre-preg 

used (see Table 1 for material properties), the basic 

thickness step, allowing for a quasi-isotropic 

symmetric laminate, is 1.3 mm. 

 

E1  
[MPa] 

E2  

[MPa] 
12  G12  

[MPa] 
G13  

[MPa] 
G23  

[MPa] 
thickness  
[mm] 

149,100 6500 0.3 3000 3000 2400 0.1625 

Table 1 Material properties of M30SC. 

 

The optimisation aims at finding the maximum 

speed for a disc with a maximum weight of 10 kg. 

The output gives the optimal thickness distribution 

in a 10 kg weight disk at a certain speed.  

An inertial load (rotational speed) is applied to the 

model. 

 

5 Results  

All disk were optimised with respect of maximal 

ultimate speed with a limit for the maximum weight  

set to 10 kg.  

 
 30° 40° 50° 

20 mm 330 Hz 310 Hz 300 Hz 

30 mm 270 Hz 270 Hz 260 Hz 

40 mm 190 Hz 220 Hz * 220 Hz ** 

Table 2 Maximal speed of the optimised discs. The 

weight of each disc is about 10 kg except for * 8 kg 

and ** 7.5 kg. 

 

In almost all optimisations, the maximal ultimate 

speed was reached for a weight of 10 km, only the 

disks with the deepest slots the ultimate speed was 

reached at lower weight level but he ultimate speed 

being much lower than in the case of smaller slots. 

 

An example of the optimised thickness distribution 

is shown in Figure 5 were the disc with the smallest 

slot is taken as a feasible solution.  

 

Figure 5 Thickness distribution in the case of slots of 

20 mm depth and 30° angle. 

 
The thickness increases slowly up to the edge of the 

slot where a considerable reinforcement is needed. 

After that, the thickness increases quite regularly up 

to the central hole.  

 

 

Figure 6 principal strains distribution in the case of 

slots of 20 mm depth and 30° angle. 
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Figure 6 shows the maximal principal strains the 

disk. The maximum peak in strain is due to stress 

concentration around the two cut-outs, as expected. 

In the other areas, the strains are well below the 

ultimate value. 

 
The first global eigenfrequency is calculated for the 

optimised disc design. In Figure 7 

 

 

 

Figure 7 First eigenfrequency (197 Hz) in the case of 

slots of 20 mm depth and 30° angle. 

 

In a detail design stage, the thickness changes will 

be smoothened and the final design verified, 

including details, such as the interface between disc 

and axle and its connection to the disc. 

 

 

Figure 8 Thickness distribution in the case of slots of 

40 mm depth and 50° angle. 

Different is the case of the largest ad deepest slots, 

as shown in Figure 8 for a 40 mm deep slot and 50 ° 

angle.  

 

There is, in fact, not enough space to hold the disk, 

therefore the disk thickness around the central hole 

needs to be very high, compared to the rest of the 

disc, to achieve enough stiffness. Due to this reason, 

it is also not possible to increase the mass of the disk 

over a certain limit due to the difference in stiffness 

around the hole and around the slot’s edge, which 

gives high stress concentrations. 

If such a large slot is preferred, and the envisioned 

ultimate speed is acceptable, it is advisable to 

increase the diameter of the disc as the limit weight 

is not reached. 

 

In Figure 9 the ultimate speed, expressed in rpm, 

versus the slot depth is plotted for the three different 

slot angles.  
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Figure 9 Ultimate speed of the optimised disks. 

The figure shows an almost linear behaviour with 

results within the same range for equal slot depth. 

The depth of the window is therefore influencing in 

a greater extent the maximum speed of the disc.    

 
The eigenfrequency of all the discs is well below the 

ultimate speed. This might be acceptable for some 

applications, but certainly not for all The main 

problem of having eigenfrequencies that are lower 

than the operational speed is that during both 

acceleration and deceleration the disc will pass 

through its eigenfrequency. When the disc is 

accelerating or decelerating during operation this is 
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not a problem, as this mean that both operations will 

be carried out in a controlled way. In case of an 

abrupt stop, though, it might cause problems. This 

could be a problem in case of a failure of the system. 

 

If the value of the eigenfrequency is not acceptable; 

it can be increased by increasing the overall weight 

of the disc. This does not greatly influence the 

performances of the disc in terms of ultimate speed, 

but it does to the overall system needed to speed the 

disc up to the operational speed.  
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Figure 10 Calculated eigenfrequency of the 

optimised disks. 

 

6 Discussion  

It has been shown that for a weight of 10 kg, 

ultimate speeds up to 20,000 rpm can be reached. 

Considering a safety factor on the speed of 10 %, a 

feasible operational speed could be around 

18,000 rpm in the case of slots of 20 mm.  

 

Figure 11 Difference between a square slot and a 

triangular one. 

Remaining questions are the shape of the slots and 

the possibility to even  lighter discs.  

The slots can be, in fact, cut as rectangular as shown 

in the analysis carried out so far, or as a triangular 

disc section, as shown in Figure 2. The difference in 

overall dimension between the two slot designs for 

the same disc is shown in Figure 11. 

In order to verify the influence of the slot’s shape 

and the maximum weight limit, two further analyses 

were carried out.  

 

6.1 Lightweight disc 

In the case of a lightweight disc, a limit weight of 

6 kg has been set during the optimisation procedure. 

The ultimate speed in this case is 290 Hz, 12% less 

than the original design. The major difference lies in 

the first natural eigenfrequency, which is less than 

half of the original design, as shown in Table 3. 

 

 standard light difference 

Weight  
[kg] 

10 5.8 42.00% 

Ultimate speed  
[rpm] 

19800 17400 12.12% 

1st eigenfrequency  
[Hz] 

197 97 50.76% 

Table 3 Difference between the standard and the 

lightweight design. 

 

6.2 Slot shape 

The ultimate speed for a 10 kg disc with a triangular 

slot is 15,600 rpm, which is in the same order of 

magnitude of the square one, as shown in Table 4. 

 

 square triangular difference 

Weight  
[kg] 10 10 - 

Ultimate speed  
[rpm] 15600 15000 3.85% 

1st eigenfrequency  
[Hz] 135 167 -23.70% 

Table 4 Difference between the square and the 

triangular slot design. 
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Though being larger, the square shape has the 

advantage of having the upper edge of the slot 

further away from the centre of the disc, which 

balances the larger dimensions of the disc.  

The different thickness distribution, as shown in 

Figure 12, influences positively the first eigenvalue, 

which is higher than the square slot design, but still 

well below the ultimate speed of the disc, as 

summarised in Table 4. 

 

 

Figure 12 Thickness distribution for a triangular slot. 

 

7 Conclusions  

The results of the feasibility study show that it is 

possible to design discs with an ultimate speed 

varying from 200 Hz up to 330 Hz depending mostly 

on the depth of the slot.  

The stresses are overall quite high; a lower speed is 

therefore preferred.  

The optimisations did not take into account the 

producibility of the disks as this was not the purpose 

of this parameter study. In some cases, in fact, the 

thickness difference between two adjacent rings is 

too large to be properly manufactured. 

In terms of producibility, the disks with a slot depth 

of 40 cm do not seem to be feasible. The reason for 

this is that a lot of material is needed around the axle 

and a sudden drop in thickness occurs. A way to 

overcome this problem could be to design a larger 

disc so that there is more material around the axle. 

This might, on the other hand, reduce the ultimate 

speed due to the increase in dimensions. 

The ultimate strength value might need an 

adjustment after the full-scale test is carried out for 

the verification of the ultimate load 

The first eigenfrequencies of the disc are in all cases 

lower than the disk speed. This means that when 

reaching the operational speed and during slowing 

down the disc becomes instable every time it passes 

through one of those frequencies. This problem can 

be overcome either by the addition of more material, 

which directly implies weight, to increase the 

bending stiffness of the disc, or by mechanical 

damping. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  

A hybrid composite may be defined as a material 

consisting of two or more types of reinforcements in 

a single or binary matrix.  A general classification 

system for hybrid composites is presented in Fig. 1.  

The proposed classification also includes 

tufted/stitched, z-pinning and “z-axis” fibre 

reinforced composites.  In these classes of 

composites, the fibres that reinforce or stitch the 

layers of the preform can be of a different 

composition or micro-structure to the primary 

reinforcing fibres.  Since the z-axis composite is a 

new development, a photograph to indicate the 

density of the “vertical” fibres that can be achieved 

is presented in Fig. 2 (without the top-layer of the 

sandwich structure).  Here, short-E-glass fibres have 

been aligned vertically (z-axis) and bonded to a 4-

layer cross-ply carbon fibre composite. 

Hybrid composites continue to attract significant 

attention because: (i) they can offer properties that 

cannot be attained by mono-fibre composites; (ii) 

relatively high-performance and expensive fibres 

can be hybridized with cheaper reinforcements 

including those derived from natural sources; (iii) a 

number of researchers have demonstrated that they 

can yield improved properties such as impact [1-4], 

tensile [5-8] and other relevant mechanical 

properties [9-10];  and (iv) a number of hypotheses 

have been proposed to account for the so-called 

“hybrid effect”.   

Two definitions of the hybrid effect have been 

proposed previously.  In the first case, the hybrid 

composite is considered to consist of two fibre types 

where their relative strains-to-failure are 

considerably different; they are designated as high 

and low-elongation fibres.  The enhancement of the 

failure strain of the low-elongation fibres in the 

hybrid composite, when compared to that of the low-

elongation mono-fibre composite, is attributed to the 

hybrid effect.  In the second case, a positive or 

negative deviation from the rule-of-mixtures (RoM) 

is used as the presence/absence of the hybrid effect.  

The following section has been summarised from 

reference [11].  Hayashi [12] reported that the first 

fracture stress and strain for a unidirectional 

carbon/glass hybrid was 37% and 45% higher 

respectively than that predicted by the RoM.  

Hayashi attributed this synergistic effect to the 

carbon fibres being surrounded by the glass fibres 

which had a higher failure strain.  Kalnin [13] found 

that the failure mode in carbon/glass hybrids 

depended on their relative volume fractions.  A 

catastrophic failure mode was observed when the 

volume fraction of carbon was high.  He also 

reported that the initial fracture strain of the carbon 

fibres in the hybrid was greater than in the all-carbon 

fibre composite.  Hancox and Wells [14] reported 

that the impact energy for a 50:50 carbon fibre: glass 

core sandwich structure was between 2.5-5 time 

higher when compared to the all-carbon composite 

with an equivalent fibre volume fraction.  They 

reasoned that the glass fibre core could store higher 

strain energy.  Bunsell and Harris [15] revisited the 

findings for Hayashi [12] and found that for the 

carbon/glass hybrid in question, the initial modulus 

was in agreement with the RoM up to the fracture of 

the carbon fibre in the hybrid; they also found that 

the failure strain of the carbon fibres in the hybrid at 

this point was greater than that of the failure strain 

of carbon fibres in the all-carbon fibre composite.  

Bunsell and Harris [15] attribute the hybrid effect in 

part to the residual compressive fabrication stress in 

the carbon fibres.  Aveston and Sillwood [16] 

reported a 100% increase in the fibre strength for the 

carbon fibres in a carbon/glass hybrid composite.  

According to the model that was proposed by these 

authors, the low-elongation fibres have to be present 

as thin layers where their volume fraction is low, 

and distributed evenly throughout the matrix.  They 

defined the failure strain as the strain at which the 

low-elongation fibres undergo multiple fractures 

with a defined crack spacing.  They went on to 

speculate that the glass fibres may enhance the 

failure strain of the carbon fibres by inhibiting 

catastrophic crack propagation.  Zweben [17] 

extended a statistical model previously developed by 
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Rosen and Zweben [18], to describe the tensile 

strength of unidirectional hybrid composites 

consisting of 2-dimensional arrays of alternating low 

and high-elongation fibres in a common matrix.  

Fukuda [19] progressed the analyses developed by 

Zweben and obtained good agreement with the 

experimental data published by other researchers.  

Unlike the failure sequence proposed by Zweben, 

Fukuda argued that when one low-elongation fibre 

fractures at its weakest point under applied load, the 

next failure is expected on the adjacent low-

elongation fibre.  Fukuda defined the hybrid effect 

as the enhancement of the initial failure strain of the 

low-elongation fibres.  Manders and Bader [20] also 

adopted a statistical approach to model the strength 

of hybrid composites.  They proposed two terms in 

their analysis: the hybrid ratio and the state of 

dispersion.  The hybrid ratio was defined as the 

proportion of a specified fibre type to the total 

amount of fibre in the hybrid composite.  Dispersion 

was defined as the reciprocal of the smallest repeat 

unit of the laminates.  The hybrid effect was 

expressed as the percentage increase of the failure 

strain of the low-elongation fibres in the hybrid 

compared with that of the mono-fibre low-

elongation composite.  They reported that a greater 

hybrid effect was observed in a carbon/glass hybrid 

when the carbon fibres were dispersed finely and 

where their volume fraction was low.  Interestingly, 

they also reported that in the mono-fibre carbon 

composites, the initial failure strain was a function 

of the thickness of the laminate; the thicker 

laminates failed at higher strains.  They speculated 

that this may have been due to imperfect fibre 

alignment in the prepregs.  Xing et al. [21] 

emphasised that the dynamic stress state should be 

considered instead of the static case during 

mechanical loading of hybrids.  Harlow has 

published extensively on tensile behavior of intra-

ply hybrids [22-24].  Pan and Postle [25] presented a 

detailed study to account for the factors that they 

considered to be responsible for observed deviations 

from RoM behavior in hybrids. 

A common theme in a number of the above-

mentioned papers is that the best utilisation of 

individual fibre properties seems to be obtained 

when two fibre types are dispersed uniformly and 

where the volume fraction of the low-elongation 

fibre is low.  However, most of the published 

experimental research work has been concentrated 

on inter-ply hybrid composites, presumably because 

of the ease with which these can be manufactured.   

Intra-ply woven hybrids are commercially available, 

but the fibre dispersion is at the fibre-bundle level. 

This paper reports on the design and development of 

a rig to enable the production of intra-filament 

hybrids.  The methodology is focused on spreading 

the filaments in bundles of carbon and glass fibres.  

The spread fibre bundles are then subjected to 

secondary manipulation to create intra-filament 

hybrid bundles.  An added benefit of spreading the 

filament in a bundle is that it enhances the rate of 

through-thickness impregnation [26]. 

 

2.  Design of fibre spreading rig 
2.1 The original fibre spreading rig:  The 

background theory [27] and the details of the mode 

of operation of the fibre rig [28] was presented 

previously where a fibre tow was spread by 250% 

when compared to as-received 2400 tex E-glass.  In 

the current paper, a brief description is given where 

a simple modification of the fibre spreading rig 

enabled a tow to be spread by up to 800% for a glass 

fibre tow.   

 

A photograph of the original fibre spreading rig is 

presented in Fig. 3 [28].  The rig consists of three 

motorised carrier hubs which were mounted in a 

Perspex chassis.  Each of the carrier hubs consist of 

an acetal central drive shaft, which in turn drives a 

Perspex bearing housing (disc), positioned at each 

end of the shaft.  The bearing housings have 

multiple recessed positions arranged around their 

circumference in which ball bearings were fitted to 

support a series of acetal rollers that could be fitted 

in any of the single or multiple positions as 

illustrated in Fig. 4.  Each of the rotating carrier hub 

roller assemblies is driven independently by a 12-

Volt DC direct-drive motor and gearbox. 

 

The acetal rods (Direct Plastics, UK) with a diameter 

of 30 mm and a length of 300 mm were used.  The 

diameter of the Perspex disc was 150 mm.  The 

revolutions per minute (rpm) of the discs were 

measured using a digital photo tachometer (Model: 

RM-1501, RS Calibration). The larger-diameter 

roller positioned subsequent to the third rotating 

carrier hub assembly was meant to preserve the 

spreading achieved as the tow traversed towards the 

haul-off unit. 

 

2.2  Modified fibre spreading rig 
(i) Spreading glass fibre tows:  The rig shown in 

Fig. 3 was modified to increase the degree of 

spreading that could be attained.  Here, the tow was 
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fed into the pre-tensioning system with minimal 

tension; one of the acetal rollers mentioned 

previously was laid on top of the tow to prevent it 

twisting as it was hauled through the fibre spreading 

rig.  The pre-tensioning system in this instance 

consisted of four aluminium rollers of 10 mm 

diameter where the glass tow was made to follow a 

serpentine trajectory.  Three 30 mm acetal bars were 

positioned on top of the rollers to add further 

tension. 

 

The tow was then directed over the first powered 

roller carrier hub.  This set contained two 

horizontally opposed rollers and two horizontally 

opposed pins.  Unlike the previous case, here a 

velvet-type brushing medium was attached to the pin 

with the nap orientated to brush the tow when driven 

in the anti-clockwise direction.  The rotational speed 

was set at approximately two revolutions per second.  

The tow then encounters the second roller carrier 

hub, identical to the first but with the velvet nap in 

the opposite direction to enable clockwise direction 

at the same speed. 

 

The third roller carrier hub contains two rollers, 

horizontally opposed and at their greatest distance. 

This produces a cam effect physically inducing an 

intermittent tension and relaxation within the tow; 

this action is termed “tension-release”. This is driven 

at approximately one revolution per second. 

 

The tow then comes into light contact with a 100 

mm diameter acetal pin followed by a “floating” 

guide which controls the width of the spread tow.  

The spread tow is then wound onto a haul-off bobbin 

where a layer of tissue paper is co-wound beneath 

the tow to resist entanglement and to allow easier 

un-winding. 

 

(ii) Spreading carbon fibre tows:  The modified 

fibre spreading rig was found to be suitable for E-

glass fibres but it was not appropriate for carbon 

fibres as significant segmentation and fibre damage 

was observed at the modified contact-points.  A 

simple technique for enhancing the spreading of the 

carbon fibre tows was stumbled upon accidently.  At 

the end of each experimental session on the fibre 

spreading rig, a domestic vacuum cleaner is used to 

clean the workbench.  In this occasion, a length of 

carbon fibre tow between the creel and the rig was 

sucked in accidently; whilst removing this section 

from the nozzle of the vacuum cleaner, it was 

observed that the tow spreads laterally as it is 

permitted to be sucked in; tensioning the fibre 

resulted in the width of the tow decreasing from its 

spread state.  The authors were aware of a patent by 

Kawabe et al. [29] who used compressed air to 

induce lateral spreading of the fibres.  This 

technique was deemed unsuitable by the current 

authors because of the potential for generating 

airborne carbon dust which is a significant risk for 

electrical equipment.  However, a careful scrutiny of 

this patent did indicate that in addition to 

compressed air (above the tow), a suction device is 

used below the tow. 

 

In the current study, a suction device was built and 

positioned in close proximity to the haul-off mandrel 

(item-vii in Fig. 3).  The original fibre spreading rig, 

with the tension-release mechanism was used to 

create and release the tension.  At the point where 

the tension is released in the fibre spreading rig, a 

portion of the tow is drawn into the suction device; 

the rotating haul-off spool capture a proportion of 

the tow in its spread state. 

 

 

3 Experimental 

3.1  Details of fibres 

The E-glass fibres used in this study were 2400 tex 

from two suppliers.  These have been coded as tow 

type-G1 and tow type-G2.  Tow type-G1 had 

approximately 4000 filaments with an average 

filament diameter of 17 ± 2µm.  Tow type-G2 had a 

filament count of 2400 with an average filament 

diameter of 22 ± µm.   

 

The carbon fibres tows used in the experiments 

reported here were also from two suppliers and have 

been coded as type-C1 (24K) and type-C2 (6K).   

 

3.2  Fibre spreading with original rig 

With reference to Fig. 3, the following parameters 

were considered to have an influence on the extent 

of fibre spreading. (i) The number of rollers or pins 

on each of the carrier hub.  (ii) The diameter of 

rollers or pins present on each of the carrier hub.  

(iii) The rotational velocity and the direction of 

rotation of the carrier hub.  (iv) The haul-off speed 

of the fibre tows.  (v) The magnitude of the friction 

experienced by the fibre tow.  (vi) The tension on 

the fibre tow.  (vii) The degree of twists in the fibre 

tow. (viii) The binder-content on the fibre tow and 

the tex of the tow.   

 

The design and optimisation of the automated fibre 

spreading rig was reported by the authors previously 

[27].  Minitab
®
 software was used to generate the 
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L18 experimental matrix (shown in Table 2) using 

the factors and their levels enlisted in Table 1. The 

detail of the six disk configurations (factor A) is 

shown in Fig. 4. The response parameters selected 

for the optimisation were: (i) minimum fibre damage 

and segmentation (observed visually); and (ii) width 

of the fibre tow after spreading (measured at carrier 

hub assembly-3, see Fig. 3).  Each experiment was 

repeated ten times to obtain the average values for 

the degree of fibre spreading. 

 

Type-G1 glass and type-C1 carbon fibres were used 

in the experiments reported in this section. 

 

3.3  Fibre spreading with modified rig 

Fibre spreading experiments with modified rig were 

carried out according to the method described in 

Section 2.2. Type-G2 glass and type-C2 carbon fibre 

tows were used in these experiments. 

 

3.4  Hybridisation 

At the time of writing, a number of techniques were 

being investigated to enable the pre-spread glass and 

carbon fibres to be inter-laced to create intimately 

hybridised glass and carbon filaments.   In this 

preliminary work reported here, and to demonstrate 

the proof-of-principle, type-G2 glass and type-C2 

carbon tows were spread individually to 

approximately 800% and wound on to a bobbin.  

Sections of the spread tows were then unwound and 

any segmentation was coaxed back into position 

manually using a carbon or glass fibre brush.  The 

spread tows were then stacked and the surface was 

brushed lightly with the appropriate brush 

(depending on the fibre type that was on the top).  It 

is anticipated that this manual process will be 

replaced in the future by a semi-automated process. 

 

3.5  Tensile testing 

The as-received and spread E-glass fibres were end-

tabbed prior to tensile testing.  Aluminium end-tabs 

of dimension 60 mm × 25 mm × 1.5 mm were 

fabricated and the leading-edge of the end-tab was 

abraded using 240 grit abrasive paper to remove any 

burrs.  The end-tabs were then degreased using 

acetone in an ultrasonic bath for 10 minutes. After 

degreasing, the end-tabs were dried in an air-

circulating oven at 50 °C for 20 minutes.  A thin 

coating of Scotch-Weld adhesive (9323-2 3M UK) 

was applied to the bonding surfaces to prevent any 

unintentional damage to the filaments that come into 

direct contact with the metal end-tab.  Once this thin 

layer was cured, the glass fibre tows were end-

tabbed using a custom-designed end-tab jig where 

the spatial orientation of the tow and the end-tab was 

maintained during the room-temperature curing of 

the above-mentioned resin.  Due care and attention 

was given to ensure that the tow was impregnated 

fully within the end-tab.  Care was also taken not to 

alter the spatial architecture of the filaments but this 

was not possible in every case because the width and 

the degree of segmentation in the as-received tow 

were variable in some cases.     Light-tension was 

applied to each tow during end-tabbing.  The gauge 

lengths (length of the tow between the end-tabs) 

used in this study were 50, 80, 100, 150 and 200 

mm.   

 

It is acknowledged that the length of the end-tabs 

used here meant that 10 mm protruded from the 

grips of the mechanical test machine.  This was 

necessary for the following reasons: (i) it provided a 

means to attach a pair of piezo-electic transducers in 

a repeatable manner at each end; (ii) it meant that it 

was not necessary to attach the transducers on the 

fibre tow; and (iii) it negated the need to apply a 

coupling medium between the surfaces of the 

transducer and the fibre tow to ensure the required 

level of coupling.  It is known that lubricating the 

tows can influence the fracture behavior. 

 

The end-tabbed tows were tensile tested to failure on 

an Instron 5566 mechanical test machine at a cross-

head displacement rate of 0.1 mm/minute.  The 

tensile tests were carried out at room temperature 

(20 ± 2 °C). 

 

3.6 Acoustic emission 
A pair of piezo-electric transducers (Wideband, 

PAC, UK) was surface-mounted on the end-tab 

using paraffin wax as the coupling medium. An 

adhesive tape was used to secure the transducers on 

the surface of the end-tabs.  The operating frequency 

range of the transducer was 100-900 kHz. The 

signals from the piezo-electric transducers were 

amplified by 40 dB using a pre-amplifier (General 

purpose low-noise industry standard with plug-in 

filter provisions, 20/40/60 dB switchable gain, 

single-ended or differential). Two parametric 

channels from the data acquisition systems were 

connected to the Instron machine for acquiring the 

load and the displacement data.  The threshold for 

the acoustic emission data acquisition was set at 35 

dB. The following data acquisition settings were 

adopted: (i) peak definition time = 50 μs; (ii) hit 

definition time = 100 μs; and (iii) hit lock-out time = 

100 μs.  The front-end filter setting for the signal 

duration was 250 μs and the maximum hit duration 
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was 20 ms.  Simulated AE events were generated 

using pencil lead breaks to ascertain the efficiency 

of the coupling between the aluminium/sample 

interfaces and to evaluate the wave speed.  

 

4 Results and Discussion 

4.1  Fibre spreading with original rig 

A summary of the fibre widths obtained for both 

carbon (type-C1) and E-glass (type-G1) tows via the 

Taguchi-based analysis is presented in Fig. 5. The 

fibres in this study were drawn from the outside of 

the creel.  The results shown in Fig. 5 were used to 

generate the “main effect plots” based on the signal-

to-noise ratios (S/N) for the factors and levels stated 

in Table 1. Here the objective of the experiments 

was to enhance the widths of the tows, hence S/N 

were chosen to be “larger-the-better”. The main 

effect plots for carbon and E-glass tows are shown in 

Figs. 6 and 7 respectively.  

 

On inspecting Figs. 6 and 7 it was established that 

the optimum combinations of parameters to attain 

maximum fibre spreading were A2/B3/C1/D3 and 

A3/B3/C1/D3 for carbon and E-glass tows 

respectively. It was concluded via analysis of 

variance (ANOVA) that all the factors chosen in this 

study were statistically significant. Furthermore, it 

can be seen for carbon fibre tows (Fig. 6) the S/N 

values for A2 and A3 are very close. As the 

combination A3/B3/C1/D3 is present in the 

experimental matrix presented in Table 2 

(experiment 9). This was selected to obtain the 

spread carbon and E-glass tows which were used in 

the hybridisation experiments reported in the next 

section. 

 

4.2 Fibre spreading with modified rig 

Fig. 8 shows the output from a series of preliminary 

experiments to demonstrate that the degree of 

spreading of an E-glass tow can be controlled when 

using the modified fibre spreading rig.  With 

reference to Fig. 8, the terms “controlled” fibre 

width represents the situations where the width of 

the spread tow does not exhibit any segmentation or 

gaps.  Likewise, “uncontrolled” means that there is 

some segmentation in the spread fibre tow.  In 

summary, the modified fibre spreading rig enables 

the overall width of the tow to be controlled.  The 

preliminary results obtained suggests that the 

segmentation observed when the degree of spreading 

is greater than 800% may not be an issue because it 

can be rectified as it is wound on to the bobbin or as 

part of the hybridisation process.  

 

Visual observations did not indicate the presence of 

any significant fibre fractures in the spread carbon 

and glass fibre tows that were obtained using the 

modified fibre spreading rig.  However, it is 

acknowledged that techniques will need to be 

developed to assess the degree of damage (if any) 

that is caused as a consequence of spreading.   

 

Fig. 9 shows the relative widths for the as-received 

type-G1, type-G2, type-C1 and type-C2 tows. A fair 

degree of variation was observed in the widths of the 

as-received tows.  In the case of the glass fibres, it 

was observed that the binder content was not 

consistent.  These issues had an influence on the 

relative uniformity of the spread tows.  Figs. 10 (a 

and b) illustrate the point that the degree of fibre 

spreading can now be controlled by adjusting the 

various operation parameters of the modified fibre 

spreading rig. 

 

The mode of operation of the original fibre 

spreading rig in conjunction with the suction-based 

device is illustrated in Figs. 11 (a-f).  The function 

of the fibre spreading rig in this instance was to: (i) 

breakup the binder in the type-C2 carbon fibre tow; 

and (ii) to apply a cyclical tension on/off sequence to 

the tow as it is unwound from the creel and wound 

on to the fibre haul-off unit.  The vacuum device 

was positioned over the mandrel on the fibre haul-

off unit.  The initial image shows the as-received or 

tension state with the subsequent images showing 

the changes in relative widths of the tow as it is 

drawn towards the vacuum port when the tension is 

released.  As the tension is reapplied by the rotating 

carrier hub, the spread width of the tow returns to its 

approximate as-received dimension.  Positioning the 

vacuum device in close proximity to the haul-off 

mandrel enables a portion of the spread tow to be 

captured.  The so-called tension-release process is 

cyclical.  Significant improvements can be made to 

capture the tow when it is at its maximum spread 

configuration, and this will be the subject of a 

subsequent publication. 

 

4.3 Hybridisation 

Figs. 12 (a and b) show the principle of 

hybridization that will be developed.  Fig. 12 (a) 

shows a spread type-G2 tow resting over a spread 

type-C2 carbon tow.  It is readily apparent that there 

is significant segmentation in the glass tows but this 

is in part due to the variability in the architecture of 

the as-received tow.   Optimisation of the modified 

fibre spreading rig is likely to enable the production 

of near-mono-layers of glass fibre filaments; this 
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will obviously make it relatively straightforward to 

hybridise the spread tow with two or more fibre 

types.  As indicated previously, the degree of 

segmentation observed in Fig. 12 (a) may not be an 

issue as the gaps between the filaments can be 

reduced by secondary manipulation.  Fig. 12 (b) 

shows a spread type-C2 carbon resting on a spread 

type-G2 tow.  The spread tow was brushed manually 

(using a short stub of the as-received carbon tow) to 

induce it to fall into the interstitial spaces in the 

glass tow.   A section of this “hybridised” material 

was coated with a photo-curable resin and cured.  

Fig. 13 (a and b) show optical micrographs to 

illustrate the dispersion that has been achieved in the 

preliminary trial to hybridise the spread glass and 

carbon tows manually.  This technique will be 

progressed whereby a semi-automatic methodology 

for hybridizing the spread tows will be developed. 
 

4.4 Tensile testing and acoustic emission 

The tensile strengths of the as-received and spread 

fibres for five different gauge lengths are shown in 

Fig. 14. A decrease in the strength was observed 

with an increase in the gauge length. Also it was 

observed that spread fibres showed improved tensile 

strength as compared to the as-received fibres. The 

dependence of tensile strength on the gauge length 

may be attributed to the number of flaws on the 

surface of the filaments which may initiate the 

breakage. Also the stress distribution capability of 

the fibres may have increased at shorter gauge 

lengths. It was also observed that the spread fibres 

showed an improved tensile strength when 

compared to the as-received fibres. The dependence 

of tensile strength on the gauge length is well known 

and the data presented in Fig. 14 agrees with the data 

presented by other researchers.  The observed 

marginal improvement in the tow tensile strength for 

the spread type-G1 fibres needs further research.  

However, given the fact that thirty samples were 

tested at each of the specified gauge lengths, there is 

some confidence in the observed trend.  It is 

speculated that this observed improvement in the 

tensile strength of the tow may be attributed to one 

or more of the following: (i) there are intrinsic twists 

in the tows and these originate from the 

manufacturing process of the E-glass rovings [28]; 

(ii) in situations where there is crimping of the tow 

within the creel, the relative orientation of the 

individual filaments is not strictly unidirectional; 

and (iii) with some fibre types, the binder content on 

the tows was “clumpy”.  These factors can have an 

influence on how the individual filaments in the tow 

are loaded during tensile testing.  Furthermore, in 

the case of the spread tows, a higher proportion of 

the filaments are unidirectional because some of the 

meandering of the filaments is straightened by the 

mode of spreading.  Thus, it is likely that a greater 

number of the filaments are loaded uniformly during 

the tensile test.  Conversely, in the case of the as-

received tow, not only is the binder intimately 

associated with the filaments, the end-tabbing resin 

(with a relatively high viscosity in the current case) 

has to be massaged into the tow as well.  Finally, it 

is likely that the gripping of a relatively flat profile 

in the mechanical test machine (as in the case of the 

spread tow), the loading of the individual filaments 

may be more uniform when compared with an as-

received tow. 

 

The influences of fibre spreading and the gauge 

length were studied by using a two-factor factorial 

design [30]. From the analysis of variance, it is 

concluded that fibre spreading and the gauge length 

influence significantly the tensile behavior of the 

tows. However, the major contribution towards the 

results was from the gauge length (54.45 %).  
 

The tensile properties of the fibre tow were further 

investigated by implementing the Weibull 

distribution, given by: 
m

o

S 











 exp)(                             (1) 

where,  is the applied load, S() is the applied load 

probability of survival, o is a scale factor that 

corresponds to the severity of flaws, and m is the 

shape factor that relates to the distribution of flaws 

within the fibre. Equation 1 is then elaborated, as 

follows: 

)ln()ln())ln(ln( ommS           (2) 

A summary of the Weibull analysis on type-G1 fibre 

tows as a function of gauge length and fibre 

spreading is shown in Table 4. The representative 

acoustic emission data for one as-received E-glass 

tow is shown in Fig. 15. 

 

The Weibull diagram and corresponding fibre 

survival probability graph for E-glass fibres at two 

gauge lengths (50 mm and 200 mm) are shown in 

Figs. 16 and 17 respectively. It can be seen from 

these Figures that the fibres with a shorter gauge 

length (50 mm) can withstand higher loads prior to 

fracture. 

 

5 Conclusions 
A custom-designed rig was used to spread the 

individual filaments in as-received carbon and glass 
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fibre tows. The maximum degree of fibre spreading 

achieved to-date, using the rig, for carbon and glass 

fibres were 300 % and 250 % respectively. 

 

The rig was modified to improve the spreading of 

the fibre tows of glass and carbon.  In the case of the 

glass fibres, felt-type brushes were introduced to the 

roller carrier assembly.  With reference to carbon, 

the fibre spreading rig was used in its original 

configuration but a vacuum device was introduced 

and positioned over the haul-off unit.  In both cases, 

the applying and releasing the tension on the tows, 

aided the fibre spreading process.  The maximum 

degree of fibre spreading achieved to-date, after 

modifications, for carbon and glass tows was >800 % 

and >1000% respectively. These pre-spread tows 

were subjected to secondary manual-manipulation to 

demonstrate a novel class of intra-filament hybrids.   

 

Tensile testing was performed on as-received and 

spread Type-G1 E-glass fibre tows to study the 

effect of gauge length and fibre spreading on tensile 

properties.  It was shown via ANOVA and Weibull 

analysis that tensile strength decreases as the gauge 

length was increased for the as-received and spread 

fibres.  It was also observed that spreading the 

filaments in a tow marginally increased the tensile 

strength. 
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Fig. 1 Schematic illustration of a classification system for conventional and hybrid composites.  Details as follows: (a) 

conventional mono-fibre; (b) inter-ply hybrid where the open and filled circles represent two different fibre types 

(carbon/glass, carbon/aramid, high-modulus/high-strength carbon, etc); (c) intra-ply (intra-filament); (d) intra-ply 

(tow hybrids or co-mingled); (e) Inter-ply reinforced hybrid (the reinforcement can be particulates or short-fibres); 

(f) inter-leaved (similar matrix or a resin system with a significantly higher toughness); (g) skin/core hybrid; (h) 

fibre skin, non-fibre core hybrid; (i) tufted, z-pinned and stitched; and (j) z-axis. 

 

 

 

Fig. 2 Photograph of a z-axis composites (the top-layer 

of the sandwich structure is not present). 

 

Fig.  3 Photograph of the fibre spreading rig. (i) input 

fibre, (ii) pre-tensioning system, (iii) first roller carrier 

hub, (iv) second roller carrier hub, (v) third roller 

carrier hub, (vi) exit roller, (vii) mandrel, (viii) haul-

off motor. 

 

 

 
Fig. 4 Details of the roller-disk configurations.  Here 

the solid circle represents the central shaft of the 

rotating roller-disk assembly and the unfilled circle 

represents the acetal rollers [28]. 

 
Fig. 5 Summaries of the widths of the carbon and E-

glass tows for eighteen experiments enlisted in Table 2.  

Each bar in the histogram represents an average of 10 

individual samples. AR refers to as-received widths of 

the type-G1 and type-C1glass and carbon fibre tows. 

(*AR – As-received tow)
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Table 1 Factors and levels selected in the experimental matrix. 

Factors Factor description 
Level 

1 

Level 

2 

Level 

3 

Level 

4 

Level 

5 

Level 

6 

A Configuration 1 2 3 4 5 6 

B Pre-tension (N) 2 6 10 - - - 

C Pull speed (m/min) 1 3 5 - - - 

D Disk rotation (rpm) 25 50 100 - - - 

* See Fig. 4 for the details of each of the rotating roller-disk configurations. 

 

Table 2 Taguchi-based experimental matrix for the L18 orthogonal array. 

 Experiment number 

Factors 1 2 3 4 5 6 7 8 9 10 11 12 13 14 15 16 17 18 

A 1 1 1 2 2 2 3 3 3 4 4 4 5 5 5 6 6 6 

B 1 2 3 1 2 3 1 2 3 1 2 3 1 2 3 1 2 3 

C 1 2 3 1 2 3 2 3 1 3 1 2 2 3 1 3 1 2 

D 1 2 3 2 3 1 1 2 3 3 1 2 3 1 2 2 3 1 

 

 
Fig. 6 Main effect plots for signal-to-noise ratio for the 

experiments performed with type-C1 carbon fibre 

tows. 

 
Fig. 8 Tow widths for the as-received and spread type-

G2 E-glass demonstrating that the spreading obtained 

using the modified spreading rig can be controlled as 

desired. 

 
Fig. 7 Main effect plots for signal-to-noise ratio for the 

experiments performed with type-G1 E-glass fibre 

tows. 
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Fig. 9  Photograph showing the relative as-received widths of the glass and carbon fibres used in this study.   

 

 
Figs. 10 (a and b)  Photographs of the spread type-G2 E-glass illustrating the fact that the degree of spreading can 

be controlled when using the modified fibre spreading rig.   

 

 
Figs. 11 (a-f)  Sequential images showing the relative widths of an as-received type-C2 carbon fibre tow (image (a)) 

as it is subjected to the suction of a vacuum; one end of the fibre is attached to the haul-off bobbin/mandrel whilst 

the other is fed from the creel via the fibre spreading rig. 

 

 

Type-G1

Type-G2

Type-C1

Type-C2

(a) (b)
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Figs. 12 (a and b):  (a) Photograph showing a type-G2 and type-C2 carbon fibres that have been spread to a 

“maximum” value on the modified fibre spreading rig.  The glass tow was spread using the modified fibre spreading 

rig.  Note the segmentation in the spread glass tow.  The carbon tow was spread using the original fibre spreading 

rig and the vacuum suction device; and (b) Photograph showing the aftermath of brushing (manually) a spread 

carbon tow that is resting on a spread glass tow.  

 

 
Figs. 13 (a and b)  Micrographs showing the degree of dispersion that was achieved in the preliminary experiments 

where the spread glass and carbon fibre tows were laid on top of each other and manipulated manually.  In Fig. 13 

a, the dark border represents the shrinkage of the photo-curable resin from the potting resin.  The vertical striations 

observed in Fig. 13 (b) may be attributed to shrinkage of the photo-curable resin.  It is emphasised that these are 

micrographs from preliminary experiments. 

 

 

 

Table 3. Analysis of variance for maximum tensile strength of fibre tow (type-G1) 

Source of 

variation 

Sum of 

squares 

Degree of 

freedom 

Mean square Fo P-value Percentage 

contribution  

Gauge 

length 
2142830.971 4 535707.7 104.5292 

less than 

0.0001 
54.45 

Spreading 211364.2979 1 211364.3 41.24216 
less than 

0.0001 
5.29 

Interaction 56828.48557 4 14207.12 2.772144 0.0275 0.93 

Error 1486237.614 290 5124.957    

Total 3897261.368 299     

 
Table 4. Summary of Weibull analysis on type-G1 fibre tow as function of gauge length and fibre spreading 

 Gauge Length 

50 mm 80 mm 100 mm 150 mm 200 mm 

m 

o, 

cN/tex m 

o, 

cN/tex m 

o, 

cN/tex m 

o, 

cN/tex m 

o, 

cN/tex 

As-received 21.05 46.94 28.95 44.86 9.41 42.01 14.43 38.96 16.34 38.28 

Spread 14.96 51.15 24.89 45.23 16.62 44.08 15.78 40.76 21.87 40.56 

 

 

(a) (b)

ICCM19 177



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
Figure 14 Comparison of the maximum tensile load of 

as-received and spread type-G1 E-glass tows as a 

function of gauge length. 

 
Fig. 16 Plot of ln(-ln(S())) against ln(); as-received 

type-G1 fibre tows. 

 

 
Fig. 15 Acoustic emission data for as-received type-G1 

E-glass tow. 

 

 

 
Fig. 17 Survival probability of as received and spread 

type-G1 fibre tows with gauge length of 100 mm.
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1 Introduction  

Phase Change Materials (PCM) are subastances with 

high latent heat at a given temperature. The heat is 

absorbed or released during the phase change from 

solid to liquid and vice-versa, and therefore such 

material may be called as the latent heat stores. [1] 

The thermal conductivity of conventional PCM can 

be increased by the use of materials with high 

conductivity. The use of materials with high thermal 

conductivity in order to improve the performance 

PCM materials is carried out in several ways [2]: 

 solutioning phase change material of the 

porous material with high thermal 

conductivity, 

 a dispersion of particles of a high 

conductivity in the PCM, 

 the introduction of metal structures in the 

PCM. 

Although conventional PCMs have high energy 

density, there is low rate of melting and 

solidification [1], because all conventional PCM, 

both organic and inorganic materials have very low 

thermal conductivity in the range of 0.1 to 0.6 W / m 

K. During melting, the heat is transferred from 

the  PCM first by conduction and then by 

convection. This is because the melting front moves 

into the material farther away from the heat source 

and the heat source is formed between the solid 

material and the buffer of the liquid fraction which 

has a much lower thermal conductivity and energy 

transfer by conduction of heat through the material 

becomes negligible compared to conduction by 

convection (the result of the density difference in the 

liquid fraction PCM). [3]  

Paraffin wax consists of a mixture of mostly straight 

chain alkanes CH3–(CH2)–CH3. The crystallization 

of the (CH3)-chain release a large amount of latent 

heat. Both the melting point and latent heat of fusion 

increase with chain length. Paraffin qualifies as heat 

of fusion storage materials due to their availability in 

a large temperature range. Paraffin show little 

volume changes on melting and have low vapor 

pressure in the melt form. For these properties of the 

paraffins, system-using paraffins usually have very 

long freeze–melt cycle. The melting point of alkane 

increases with the increasing number of carbon 

atoms. They show some undesirable properties such 

as: (i) low thermal conductivity, (ii) noncompatible 

with the plastic container and (iii) moderately 

flammable. [3]. 

In recent 12 years, a highly evolved carbon 

nanostructures in the form of fullerenes, carbon 

nanotubes, and graphene, and also increases the use 

of diamond powder in the study. These materials are 

becoming more widely available in the market as 

products. All are characterized by a very high 

thermal conductivity (more than 1000 W / mK in 

different directions). [4-20] 

2 Motivation 

The greater heat fluxes on small areas occur in 

technological problems and applications. There are a 

lot of active and passive methods for solving the 

heat sink in such structures. One of the passive 

methods is using phase change materials. 

Unfortunately their low thermal conductivity 

significantly limit heat sink heat rate from heat 

source. Range of phase change materials application 

could significantly rise if their thermal 

conductivity  could be improved.  

Recently a lot of carbon structures was improved 

and their production became commercial. Their low 
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dimensions, high thermal conductivity and melting 

point could be easily and succesfully used in thermal 

conductivity of phase change materials 

enhancement. 

Some of the carbon structures were used in phase 

change materials thermal conductivity enhancement 

within original research projects. Their results show 

that thermal conductivity could raise at least few 

times. 

There are no complex research that present wide 

range phase change materials and carbon structures 

used for manufacturing new composite materials 

with high heat capacity and enhanced thermal 

conductivity. In this project particular phase change 

materials will be mixed with all carbon structures 

proposed and their solubility and tendence to 

aggregation will be determined. Although there are 

first research papers on carbon nanotubes and 

graphene sheets use for thermal conductivity 

enhancement there are almost no papers on using 

diamond powder and fullerenes. 

High heat fluxes are very important issue in modern 

heat transfer problems. Passive systems for heat 

sinks are significant in terms of construction and 

operation safety because they do not need any 

additional external supply for operating properly. 

The results of the proposed research will allow to 

increase knowledge about phase change materials 

solubility with carbon structures and influence of 

carbon structures use in composite materials with 

phase change materials. These kind of new materials 

could be used also in practical instalation, like 

passive houses or heat radiators for microelectronics 

3 Samples preparation process and samples 

composition 

Graphene Oxide (GO) flakes – single layer graphene 

with diameter 10-20 micro meters were added to a 

various PCM’s-(phase changing material) with 

different thermo-physical properties. The 

preparation procedure was unified for all PCM 

materials to avoid possible errors. All samples – 

including the reference samples were prepared in the 

following way: The amount of PCM require to make 

a composite – 5g were placed in a glass and heated 

on a hot plate to their melting point. After melting 

down the material GO flakes were added (not in the 

case of reference samples) and mechanically mixed 

till the mixture became homogenous. The 

temperature was carefully measured to avoid 

overheating and evaporation of PCM compounds 

which may be indicated in the cp measurement – 

appearance of characteristic gaps in comparison with 

the reference material. The mixing procedure was 

carried out for at least 5 min because crucial 

parameter for graphene composites is their 

homogeneity. Please remember that the measured 

samples were a small fragment cut off from the 

composite thus without achieving homogenous 

composite results of thermal properties 

measurements could vary. During the 5th minute - 

the final stage of mixing the hot plate was slowly 

cooled down till the composite solidified. 

Composites were place in the boxes and needed 

fragments of them were cut off to perform the 

measurements.  

Three materials were given under thermal diffusivity 

investigation. The first one was pure phase change 

material which was CELARENE® 1M 

manufactured by EUROCERAS Ltd., the company 

from Kędzierzyn-Koźle in Poland (properties 

published by the manufacturer are presented in 

Table 1). The other samples are the composite 

materials of Graphene Oxide flakes with pure 

CELARENE® 1M. Their characterisation is 

presented in Table 2. The materials are pictured in 

Figure 1. 

 

 

Property Value Unit 

Density (23°C) 0.92-0.94 g/cm
3
 

Dynamic 

viscosity (120°C) 
260 mPas 

Ignition piont Over 100 °C 

Table 1 Properties of CELARENE® 1M 

published by manufacturer [21]. 
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Sample Characterisation 

CELARENE 
Pure CELARENE® 1M with 

properties as in Table 1 

1 to 1 

Mixture of Graphene Oxide 

flakes and CELARENE® 1M 

and in volumetric ratio 1:1 

2 to 1 

Mixture of Graphene Oxide 

flakes and CELARENE® 1M 

and in volumetric ratio 2:1 

Table 2 Samples prepared and with measured 

thermal diffusivity. 

4 Measurement technique 

Laser Flash Analysis Method (LFA) was proposed 

by Parker (et al.) [22] in 1961 and until now it 

became very popular as effective and simple method 

to measure thermal diffusivity and thermal 

conductivity. Idea is straightforward; specimen is 

heated on one of its side with very short in time, 

high power density light impulse generated by laser 

or flash lamp. On the second side of the specimen, 

infrared detector measures time response of 

temperature signal. After that using theoretical 

methods and numerical tools diffusivity is obtained. 

Many improvements of the method were proposed 

during methods’ development. One of the most 

significant are time, ambient temperature and heat 

losses corrections by Cape and Lehmann [24] 

introduced in 1963. In the same year Cowan 

introduced corrections for heat losses and for high 

temperatures [25].  Further significant improvements 

for pulse-length in the Cape Lehmann model were 

introduced by Blumm and Opfermann in 2002 [26]. 

Detailed data analysis and facts known from Heat 

Transfer gives ability to estimate thermal diffusivity 

and thermal conductivity [26, 27] based on Eq. (1): 

 

 (1) 

  

Basic theoretical background of the method 

presented by Parker et al. [22] involves solution of 

time dependent energy conservation equation. In 

general this partial differential equation is given by 

Eq. (2): 

 

 (2) 

  

For one dimensional heat transfer with 

temperature only dependent components, 

heat flux in axial direction of the specimen 

is: 

 

 (3) 

Additionally during analysis small temperature 

differences are assumed. Hence, combining Eq. (2) 

and Eq. (3) we get well known form of heat 

diffusion equation with thermal diffusivity defined 

by Eq. (1): 

 

 (4) 

  

Simplest model is one dimensional rod with impulse 

of energy density Q deposited in small volume on 

one of its ends. Rod has length of L, length of heat 

deposition volume is g and initial condition in this 

area   is:  and for 

 it is . Where  is density, 

 specific heat capacity and  for opaque 

materials. Space-time dependent solution of Eq. (4) 

is given by formula and can be obtained by 

separation of variable - standard approach to 

parabolic PDEs [22, 27]: 

 

 

(5) 

 

Applying initial conditions: 

 

 
(6) 

ICCM19 181



  

Where  is maximal temeprature  

The LFA method is based on measurement of time 

dependent temperature signal at end of specimen, so 

 in Eq. (6). Moreover  and 

for small variable z: . Applying those 

properties we get crucial formula:    

 

 

(7) 

  

There is common approach to find thermal 

diffusivity by performing Eq. (7) summation using 

time ( ) corresponding to temperature on back 

surface when it equals half of maximum 

temperature: . In such case 

thermal diffusivity is given by formula [22], [26]: 

 

 (8) 

  

 

Figure 1 Samples prepared. 
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Figure 2 Thermal diffusivity of PCM-graphene composite materials in 35-100°C temperature range 

 

Figure 3 Thermal diffusivity of PCM-graphene composite materials in 35-100°C temperature range 
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Thermal conductivity and specific heat capacity can 

be alternatively obtained using Eq. (1). Further 

improvements are necessary in modern approach to 

LFA. Effects of graphite coatings, radiation heat 

loses and others are included but the basic idea is 

straightforward [23-27]. 

5 Experimental results 

In the Figure 1 there are presented experimental 

thermal diffusivity measurement results for three 

materials, like presented in Table 2. The 

measurements were done in the temperature range 

from 35°C up to 100°C. For all samples and 

temperatures seven measurements were done. 

Thermal diffusivity for all the samples is decreasing 

with the temperature. For two samples (pure 

CELARENE and sample 2 to 1)in the temperature 

100°C thermal diffusivity is slightly increasing. It is 

a result of melting point for the sample which is 

slightly over 100°C and probably non uniform 

temperature field in whole sample. 

A significant increase of thermal diffusivity may be 

noticed with the change of Graphene Oxide flakes 

content in the composite material.  

As presented in Figure 2 for 35°C thermal 

diffusivity is increasing from 0,094 to 0,134 mm
2
/s 

for 1 to 1 composite material and 0,145 mm
2
/s for 2 

to 1 composite material. 

For 100°C 1 to 1 volumetric content of graphene 

oxide flakes improve thermal diffusivity from 

0,073 mm
2
/s to 0,081 mm

2
/s. For the 2 to 1 

composite material the value of thermal diffusivity is 

0,116 mm
2
/s. 

In the Figure 3 the relative increase of thermal 

diffusivity for composite materials manufactured is 

presented. It is noticeable that the improvement of 

thermal diffusivity for 1 to 1 composite material has 

different relation than improvement of thermal 

diffusivity for 2 to 1 composite material. The 

thermal diffusivity is increasing with Graphene 

Oxide flakes composition ratio in the measured 

materials. 

Thermal diffusivity enhancement for 1 to 1 

Graphene Oxides flakes composition in the 

composite material is constantly decreasing with the 

temperature.  

For the material with 2 to 1 the thermal diffusivity 

enhancement is more stable in the investigated 

temperature range and it is around 150% of thermal 

diffusivity for pure CELARENE® 1M at the 

appropriate temperature level. 

6 Conclusions and final remarks 

The thermal diffusivity and thermal conductivity are 

the physical parameters which has very low values 

for common Phase Change Materials. Because of 

this fact the solidification and melting processes of 

this materials and use of these materials in high heat 

flux with high frequency applications are limited. 

One of the thermal diffusivity and conductivity 

enhancement for such materials is creating and 

constructing composite materials with high 

conduction additives. These can be different solid 

materials with higher thermal conductivity than the 

matrix material e.g. metal powders and carbon 

additives. 

Increased thermal diffusivity and thermal 

conductivity which is presented in this paper is 

significant and shows that this way of increasing 

thermal properties is worth further research. The 

important issue are homogenization properties and 

influence on enthalpy properties. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Objectives  

 

This paper focuses on demonstrating the feasibility 

of electrospinning and carbonization of 

nanocrystalline cellulose (NCC)-lignin composite 

nanofibres.  

 

2 Background 

Lignin is one of the most abundant natural polymers, 

second only to cellulose. Lignin accounts for 30% of 

non-fossil organic carbon and constitutes between a 

quarter to a third of the dry mass of wood. Currently, 

a byproduct of paper-making, most lignin is used as 

a fuel. However, it is felt that value can be added to 

this non-petroleum renewable material by converting 

it to various material forms. Several studies have 

been conducted on converting lignin into fibrous 

form to serve as an inexpensive renewable precursor 

for carbon fibre.[1-3] However, the strength of 

lignin-based carbon fibre prepared through 

conventional melt or solution-spinning techniques is 

much lower than that of the petroleum-based pitch 

and poly (acrylonitrile) (PAN) carbon fibre.[1, 3]  

We postulate that a stronger lignin fiber can be 

produced by encapsulating nanocrystalline cellulose 

(NCC) into electrospun lignin fibres to form 

composite nanofibres.  

It is well known that nanoreinforcement can enhance 

material properties. NCC, which is extracted from 

cellulose, the most abundant renewable and 

biodegradable natural polymer is a very promising 

nanoparticle. The theoretical strength of NCC is 

estimated to be 10 GPa, which is almost three times 

stronger than commercial high performance fibres 

such as Kevlar® and Spectra®.[4] In addition, the 

diameter of electrospun fibres can be on the 

nanoscale, thus allowing the fibres to possess a 

relatively defect-free structure at the molecular level 

and thereby enhancing the possibility of producing 

strong composite fibres.  

In order to fully realize the extraordinary properties 

of NCCs, it is necessary to maintain good alignment 

and uniform distribution within and along the lignin-

based matrix fibre. However, it is challenging to 

achieve this goal due to the hydrophilic nature of 

NCCs and the extreme fineness of NCC which 

impedes the dispersion and orientation of NCC in 

the hydrophobic lignin matrix. To address this NCC 

water- in-oil (W/O) lignin emulsions were prepared; 

an NCC aqueous suspension was added to a water 

immiscible lignin continuous phase. NCC W/O 

lignin emulsions were electropsun into NCC filled 

lignin composite nanofibres.  

 

3 Approach 

NCC-lignin emulsions were prepared by adding the 

NCC aqueous suspension to the 35 wt% lignin/PEO 

(99:1) DMF/toluene (7:3) solution. The surfactant, 

Span 80, was added to stabilize the emulsions. This 

two-phase system was vortexed at 3000 rpm for 2 

minutes and subsequently sonicated in a bath 

sonicator for 1 hour (Branson Bransonic ® 3510 

5.5L MT UltraSonic Bath Cleaner). The emulsion 

system was then electrospun into nanofibers. The as-

spun fibers were thermostablized in air with heating 

rate of 1˚C/min and held at 250˚C for 1 hour and 

carbonized in N2 at 1000˚C for 1 hour with heating 

rate 10 ˚C/min. 

 

4 Results and discussions 

Fig.1 shows an optical image of the NCC-lignin 

emulsion droplets. Fig.2 shows an SEM image of the 

carbonized emulsion-spun NCC-lignin fibers. It can 

be seen that continuous NCC-lignin fibers were 

successfully electropsun and carbonized into 

nanofibres.  
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Fig.1. Optical image of NCC-lignin emulsion 

droplets 

 

 

 

Fig.2 SEM image of carbonized NCC-lignin 

fibers 

 

5 Conclusions 

In this work we have demonstrated the feasibility of 

electrospinning and carbonization NCC-lignin 

composite nanofibers. This was accomplished by 

emulsion electrospinning wherein the hydrophilic 

NCC was encapsulated by the hydrophobic lignin 

phase. Further optimization of the process and 

characterization of hybrid NCC-lignin composite 

carbon fibres is in progress.     
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Abstract  

Fiber reinforced polymer composites are used as 

facings for foam core sandwich panels and as 

lightweight structural materials, which can undergo 

cyclic loading during application. Exposure to 

outdoor environments subject composites to 

ultraviolet (UV) and moisture conditions that cause 

degradation and weakening during service.  Here, 

accelerated aging of carbon fiber-reinforced 

vinylester composites is performed using UV 

radiation and condensation to ascertain the effect on 

fatigue response. Uniaxial cyclic loading is applied 

to composite coupons after environmental condition 

exposure, where the effect of environment will be 

determined by modulus evolution and post-fatiguing 

three-point bending. 

 

2 Introduction 

An important consideration for fiber reinforced 

polymers (FRPs) used in off-shore and littoral 

applications is the effect of sea water, which creates 

a corrosive environment for metallic materials.  Sea 

water immersion conditions of composites have 

shown deleterious effects to material properties [1-

2].  Previously, the combined effects of UV 

radiation and moisture and sea water [3-4] were 

shown to cause decreases in fracture strength and 

mechanical properties for carbon fiber / vinylester 

composites, as well as chemical degradation.  The 

combined UV and moisture exposure degrades 

composites through moisture diffusion [5], which 

can lead to swelling and fiber-matrix de-bonding, 

and photo-oxidation of the polymer matrix [6].  

Combined environments may include operational 

stresses on composites, where cyclic loading has 

been shown to cause an increase in degradation.  

Combining fatigue of composites and environmental 

conditions has proven to decrease the strength and 

stiffness of carbon fiber epoxy composites [7].  The 

combination of fatigue loading and combined 

environmental exposures of UV radiation and 

moisture has not been addressed for vinylester resin 

composites.  In this paper, the effects of the 

combined loading and environmental conditions on 

mechanical and chemical properties will be 

discussed.  

 

3 Materials and Methods 

3.1 Composite Materials 

All experiments and conditions used carbon-fiber 

reinforced vinylester unidirectional composite 

laminates (Graphtek LLC).  Composite laminate 

sheets with nominal thickness of 1.4 mm were 

machined using a diamond wet saw into samples of  

12.5 x 152 mm (width x length) for fatigue and 

flexural testing with two fiber directions [0°] and 

[90°].  A typical specimen is show in Figures 1 and 

2. 

 

3.2 Environmental Exposure 

An environmental chamber was used to create the 

exposure conditions.  Samples were exposed to 1000 

hours of combined accelerated aging before 

characterization. Combined ultraviolet radiation and 

condensation conditions were generated in a Q-Lab 

QUV/se accelerated weathering chamber (see 

Figures 3 and 4).  High temperature moisture 

conditions simulate hot and humid environments and 

are created using humidification and forced-air heat 

in a sealed chamber.  UV radiation simulates natural 

sunlight using fluorescent UVA bulbs at a 340 nm 

wavelength.  Intensity is monitored by real-time UV 

irradiance sensors, where temperature is controlled  
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Fig. 1. Unidirectional carbon fiber reinforced 

vinylester resin matrix composite samples used in 

this study were machined to 12.5 x 152 mm beams. 

Fiber orientation is in the transverse direction (short 

direction of the coupon).  Uniaxial loading was 

applied in the longitudinal direction. 

 

Fig. 2. Cross-section of unidirectional carbon fiber 

vinylester composite, as-received. 

 

 

using a forced-air blower.  Condensation is provided 

by water evaporation from a heated tray in the base 

of the chamber which condenses on the sample 

surfaces.  The samples are placed at a 60 degree 

angle. An example of the specimen placement 

within the chamber is shown in Figure 4. 

The conditions in the chambers remained 

constant for the duration of the exposure.  The UV 

radiation and Condensation conditions cycled every 

3 hours.  For the UV cycle, the UV irradiance was 

set at 0.6 W/m
2
 with a chamber temperature 

controlled to 60 C.  The condensation cycle was set 

at a temperature of 50 C.  Samples were rotated 

within the chamber to remove any effects of 

chamber location.  Sample surfaces were rotated 

every 48 hours to maintain an even degradation 

process on both surfaces of the composite samples. 

 

Fig. 3. Environmental exposure performed in 

laboratory chambers, above QUV/se combined 

Ultraviolet radiation and condensation chamber. 

 

 
Fig. 4. Sample position within the QUV/se 

combined Ultraviolet radiation and condensation 

chamber.  Note: samples are rotated away from the 

UV bulbs to demonstrate location. 

 

3.3 Cyclic Loading 

To study the effect of fatigue on the environmental 

conditioning of composites, cyclic loading was 

performed on the composite coupons (see Figure 5).  

An Instron hydraulic loading frame (Instron 8501) 

was used in a force control arrangement to provide 

 

12.5 mm 

152 mm 
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cyclic loading of the samples.  Aluminum tabs were 

epoxied to the coupon surfaces which were gripped 

with mechanical locking wedge grips (Instron 2743) 

for dynamic loading.  Tabs prevented stress 

concentrations and failure near the grips.  The ratio 

of maximum stress versus tensile stress was set to 

~0.4.  The ratio of the minimum to maximum stress 

was set at 0.2.  The cycling rate was held constant at 

5 Hz.  Cyclic loading of the coupons was applied for 

50,000 cycles for each sample.  The samples used 

first are underwent environmental conditioning and 

then fatigue loading.  Three samples were used for 

each condition. 

 During cyclic loading, the tensile modulus is 

computed using the load cycle and a clip-on 

extensometer to measure strain.  Data is sampled for 

1000 cycles and then averaged.  The data is 

collected every ~5000 cycles of the fatigue loading. 

Fig. 5. Sample mounted in a uniaxial loading frame 

to perform cyclic loading fatigue of composite 

specimens after environmental exposure conditions. 

 

3.4 Mechanical Characterization  

Three point bending tests were performed on the 

composite samples following the ASTM D790 [8] 

standard using a screw-driven mechanical loading 

frame (TiraTest 26005) with a 0.5 kN load cell.  The 

tests determined flexural strength and bending 

modulus of the composites after cyclic loading was 

applied to environmentally conditioned specimens.  

Specimen sizes were 152 x 12.5 x 1.4 mm (L x W x 

H).  Support geometry followed ASTM D790, with 

the support span set for 60 mm resulting in a 

span/thickness ratio of ~43. A crosshead rate of 4.25 

mm/min. was used to give a strain rate of 0.01 

mm/mm/min. 

 

4 Results and Discussion 

4.1 Specimen Weight Changes 

As a result of the sample exposure to moisture and 

photodegradation conditions, the sample mass will 

change during the exposure duration.  The mass of 

the composite samples were tracked every 48 hours 

for the environmental chambers.  Mass was 

measured using a precision balance at the end of the 

UV cycle, such that condensate was not present on 

the sample surfaces.  The results indicate two 

distinct trends shown in Figure 6:  1) increase in 

mass at the beginning of exposure; and 2) plateauing 

of mass increase and a decrease in mass after longer 

term exposure.  The initial increase in mass is 

attributed to the presence of moisture that diffuses  

Fig. 6. Mass change of composite specimens during 

combined UV-Condensation environmental 

exposure conditions. 
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into the composite through condensing water on the 

samples surfaces.  The moisture diffuses directly 

into the vinylester resin matrix as well as at the 

interfaces between the fibers and matrix.  

Photodegradation of the vinylester matrix will lead 

to oxidation of the vinylester polymer chains, 

decreasing the material mass.  The photo-oxidation 

process also breaks polymer chain bonds and 

weakens the resin, which can lead to surface 

cracking.  The decrease in mass after a peak value of 

~500 hours for the combined UV cases indicates loss 

of surface material due to photodegradation.   At this 

point, the moisture diffusion has reached a steady-

state and the competing photo-oxidation process of 

the vinylester leads to a significant material mass 

loss. 

 

4.2 Surface Morphology 

The effects of the environmental exposure on the 

vinylester resin were characterized by high-

resolution microscopy (Keyence VHX-500) to 

observe surface changes of the composites.  

Evidence of micro-cracking and matrix erosion for 

the composites exposed to the combined 

UV/condensation conditions can be seen in Figure 7.  

The image shows the high density of microcracks on 

the sample edges.  Previous results have shown 

similar microcrack formation in epoxy composite 

resin surfaces after exposure to combined  

Fig. 7. Cross-section of unidirectional carbon fiber 

vinylester composite, after 1000 hours of combined 

UV-Condensation exposure.  Arrows indicate 

microcracking of the matrix.  Scale bar is 50 

microns in length. 

UV/condensation conditions [7, 9].  In both 

instances, the resin demonstrated cracking and 

erosion of the matrix, which is due to the 

combination of photo-oxidation of the resin and the 

cyclic presence of condensate which washes 

photodegradation products. 
 

4.3 Tensile Modulus During Cyclic Loading 

During cyclic loading of the 90 degree composite 

coupons, the transverse tensile modulus of the 

composites was computed through measurement of 

the strain by clip-on extensometer.  Modulus was 

computed from the cyclic load data and the strain 

which were measured simultaneously by data 

acquisition.  Measurements were made at intervals 

of ~5000 cycles during the 50,000 cycle test 

duration.  Data was collected for 1000 cycles, and 

then individual slopes of the load cycles and strain 

response were calculated for 50 cycles taken at 200 

cycle intervals.  The computed slopes allow direct 

calculation of the tensile modulus of the specimens, 

which were then averaged over the 50 values.  The 

averaged modulus values are plotted versus the 

number of loading cycles in Figure 8 for both the 

composites exposed to the combined 

UV/condensation conditions, and unconditioned as-

received samples.  The modulus of both sample 

conditions is observed to decrease rapidly with  

Fig. 8. Transverse tensile modulus of unidirectional 

carbon fiber vinylester composites during cyclic 

loading, for unconditioned virgin specimens and 

composites that had been exposed to 1000 hours of 

combined UV-Condensation. 
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loading cycles.  The rapid decrease is due to damage 

within the composite, likely at the fiber-matrix 

interfaces.  Though the initial decrease in modulus is  

largest after the first 50 cycles for the unconditioned 

specimens, the UV/condensation samples have a 

more rapid decrease in modulus over the first 5000 

to 10,000 cycles.  The overall modulus decrease is 

largest for the UV/Condensation exposed 

composites when compared to the non-fatigued 

undegraded specimens (Table 1).  The degraded 

specimen modulus decrease was ~11%, where the 

undegraded specimens decrease was ~8%.   These 

results demonstrate the importance fatigue may 

cause in the evolution of combined environmental 

effects, even for the low fatigue level (0.5) used in 

these experiments. 

 

4.4 Mechanical Flexural Response 

Three point bending tests are used to determine 

flexural modulus and residual strength by ASTM 

D790 [8] for the composite samples exposed to 1000 

hours of combined UV-Condensation environment 

and unconditioned as-received.  For the non-fatigued 

specimens, the exposure conditions showed an 

insignificant difference in the flexural modulus 

when compared to the unconditioned specimens, and 

within experimental error (Figure 9).  These results 

are consistent with previously reported experiments 

on uniaxial [90°] ply bending modulus after 

exposure to combined environmental conditions [3-

4].  The bending modulus was found to minimally 

change when the combination of cyclic fatigue 

loading was introduced.  Cyclic loading had no 

significant effect on the bending modulus (Figure 9).  

Results showed the residual flexure strength in the 

[90°] fiber direction demonstrated sensitivity to the 

UV-Condensation exposure conditions, with both 

fatigued and non-fatigued specimens decreasing 

compared to the unconditioned control (Figure 10).  

The conditions involving the combined UV-

Condensation-Fatigue exhibited the most significant 

reduction in the residual strength, decreasing by 

31% compared with the undegraded composite 

specimens.  This strength loss is attributed to a 

combination of surface micro-cracking observed 

from optical microscopy and fiber-matrix de-

bonding occurring within the composite structure. 

The exposure to the UV radiation demonstrates a 

synergistic degradation effect which leads to a 

decrease in the composite mechanical strength.   

Results from the flexural test are summarized in 

Table 2. 

Fig. 9. Bending modulus, tested by three point 

bending, of unidirectional carbon fiber vinylester 

composites after cyclic loading, for unconditioned 

virgin specimens and composites that had been 

exposed to 1000 hours of combined UV-

Condensation. 

Table 1.  Uniaxial transverse modulus of [90°] plies 

after environmental degradation and cyclic fatigue 

loading 

Undegraded 

Modulus of uniaxial [90°] plies with fatigue (GPa) 

Fatigue level 

 
0 8.43 

0.5 7.76  (-8%) 

UV-condensation 

Modulus of uniaxial [90°] plies with fatigue (GPa) 

Fatigue level 

 
0 7.91  (-6%) 

0.5 7.54  (-11%) 

Relative changes in parentheses are with respect to 

undegraded specimens 
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Fig. 10. Flexural strength, tested by three point 

bending, of unidirectional carbon fiber vinylester 

composites after cyclic loading, for unconditioned 

virgin specimens and composites that had been 

exposed to 1000 hours of combined UV-

Condensation. 

 

Table 2  Measured modulus and residual strength 

under flexural load of [90°] plies after environmental 

degradation and cyclic fatigue loading 

  Undegraded UV-condensation 

Bending modulus of uniaxial plies with fatigue (GPa) 

Fatigue level 

  
0 6.79 6.72  (-1%) 

0.5 6.57  (-3%) 6.51  (-4%) 

Flexural strength of uniaxial plies with fatigue (MPa) 

Fatigue level 

  
0 103.9 73.8  (-29%) 

0.5 96.9  (-7%) 71.4  (-31%) 

Relative changes in parentheses are with respect to 

undegraded specimens 

 

6 Conclusions  

This paper focused on the combined effects of cyclic 

fatigue loading and environmental conditions on the 

mechanical properties of carbon fiber vinylester 

composite laminates.  Using cyclic loading 

conditions and unique environmental exposure 

capabilities which degrade the composite matrix, the 

effect of fatigue on aging using combined 

environments has been determined.  Combining 

fatigue after exposure to a combined environment of 

UV-Condensation, transverse tensile modulus of 

[90°] plies is found to have a decrease by 11%.  The 

residual strength of the composite plies is found to 

decrease by 31% for the samples exposed to UV-

Condensation then fatigue.  The results demonstrate 

that composites which have aged due to adverse 

environmental conditions are more susceptible to 

fatigue damage resulting in loss of stiffness and 

residual strength. 

 

Acknowledgements 

The authors respectfully acknowledge the support 

from Drs. Yapa D.S. Rajapakse and Airan J. Perez 

from the Office of Naval Research through grant 

#N000141110816. 

 

References 

[1] J. Chin, K. Aouadi, M. Haight, W. Hughes, T. 

Nguyen. “Effects of water, salt solution and 

simulated concrete pore solution on the properties of 

composite matrix resins used in civil engineering 

applications”. Poly Comp, Vol. 22, pp. 282-97, 2001. 

[2] A. Siriruk, Y.J. Weitsman, D. Penumadu. “Polymeric 

foams and sandwich composites: Material properties, 

environmental effects, and shear-lag modeling”. 

Composites Science and Technology, Vol. 69, pp. 

814-820, 2009. 

[3] C.S. Korach, H.T. Liao, D. Wu, P. Feka, F.P. Chiang.  

“Combined Effects of Moisture and UV Radiation on 

the Mechanics of Carbon Fiber Reinforced Vinylester 

Composites” Proceedings of 2012 Society of 

Experimental Mechanics International Congress XII, 

Costa Mesa, CA, USA, 2012. 

[4] C.S. Korach, F.P. Chiang. “Characterization of 

Carbon Fiber-Vinylester Composites Exposed to 

Combined UV Radiation and Salt Spray”. 

Proceedings of the 15th European Conference on 

Composite Materials, Venice, Italy, 2012. 

[5] Y.J. Weitsman, Y.J. Guo. “A correlation between 

fluid-induced damage and anomalous fluid sorption 

in polymeric composites”. Composites Science and 

Technology, Vol. 62, pp. 889-908, 2002. 

[6] B.G. Kumar, R.P. Singh, T. Nakamura. “Degradation 

of carbon fiber-reinforced epoxy composites by 

ICCM19 194



 

ultraviolet radiation and condensation”. Journal of 

Composite Materials, Vol. 36, pp. 2713-2721, 2002. 

[7] T. Nakamura, R.P. Singh, P. Vaddadi.  “Effects of 

environmental degradation on flexural failure 

strength of fiber reinforced composites”. Exp Mech, 

Vol. 46, pp. 257-268, 2006. 

[8] ASTM D 790. Standard Test Method for Flexural 

Properties of Unreinforced and Reinforced Plastics 

and Electrical Insulating Materials (2000). 

[9] R.P. Singh, M. Khait, S.C. Zunjarrao, C.S. Korach, 

G. Pandey. “Environmental degradation and 

durability of epoxy-clay nanocomposites”. Journal of 

Nanomaterials, doi:10.1115/2010/352746, pp. 1-13, 

2010. 

ICCM19 195



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

High performance and unique functionality and 

variety of small molecular organic semiconductors 

open exciting new opportunities in a variety of 

applications, including information displays, solar 

energy harvesting, large-area and ubiquitous 

electronics, and many others. The growing 

opportunity for manufacturing scale up in turn 

requires better control of  large-scale processing of 

thin-film, organic semiconductor devices. This talk 

will review the application requirements for small 

molecular organic materials, and relate application 

requirements to processing methods, outlining the 

thermophysical and structural properties [1] of 

organic materials critical to achieving good control 

over the deposition process.  

 

The Van Der Waals nature of bonding of small 

molecular organic materials in the condensed state 

enables rapid, energy-efficient, non-epitaxial vapor-

based deposition of device quality films on a variety 

of low cost substrates. The degree of molecular 

ordering within the organic films, as well as 

molecular alignment relative to the substrate, 

strongly influence charge and energy transport, 

which impact device performance. For instance, 

improvements in molecular ordering results in better 

charge mobility in organic thin film transistors 

(OTFTs), as well as improved exciton diffusion and 

charge extraction efficiency in organic solar cells 

[2,3]. On the other hand, the use of amorphous 

structure at the donor-acceptor interface in OPVs 

decreases the interaction between donor and 

acceptor molecules and minimizes the polaron-pair 

recombination rate [4] can improve important device 

performance parameters, such as short circuit 

current, open circuit voltage, and fill factor – key 

factors in setting the overall power conversion  

 

 

efficiency of the solar cell. Thus, a robust and useful 

thin-film deposition method must enable precise 

control over the morphology of the films. During 

film formation, the thermodynamic driving forces 

that induce nucleation, growth and crystallization of 

organic semiconductors strongly depend on the 

kinetic and thermal properties of molecules arriving 

at substrate surface. In vacuum thermal deposition, 

for instance, the molecular motion is ballistic, with 

relatively high kinetic and low thermal energy, 

usually resulting in amorphous films. In organic 

vapor phase deposition (OVPD), on the contrary, 

molecular kinetic energy is low and thermal energy 

is high due to boundary layer-limited diffusion to the 

substrate, usually yielding polycrystalline films [1]. 

Guard-flow organic vapor jet printing (GF-OVJP) 

technique that utilizes fast carrier gas transport to 

deliver organic vapor to the substrate in the form of 

a focused jet, while shielding and focusing the inner 

jet by an annular inert gas jet. As a result, the 

molecular velocity and temperature can be tuned 

across a much wider range, spanning extremes of the 

deposition regime, allowing much greater latitude in 

controlling molecular orientation and morphology.  

We will show how film properties of small 

molecular organic materials can be precisely 

controlled via various deposition process and 

apparatus parameters, in particular focusing on the 

novel method of Guard-Flow Organic Vapor Jet 

Printing (GF-OVJP), [5] and discuss its potential 

advantages for rapid, additive patterning of 

electronically active components of organic 

semiconductor-based devices. Time permitting, we 

will also demonstrate unique microstructures 

obtained using GF-OVJP and their potential 

applications.   
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1 Introduction  

The composite tube consisting of an assembly of 
several coaxial circular hollow cylinders has been 
proved to be very useful for many structures. A large 
number of methods have been developed to calculate 
the structures in composite tubes. Lekhnitskii [1] 
obtained the system of partial differential equations 
for the case of cylindrical anisotropy. He has worked 
out the simpler case of one cylinder subjected to 
axisymmetric load. He has also provided the 
solution for one cylindrically orthotropic cylinder 
under axial force and bending moment, where he 
derived the stress field including unknowns firstly 
and then used the free boundary conditions and load 
conditions to obtain the available equations to 
determine these unknowns. This solution for pure 
bending has also been obtained by other methods 
such as the state space method by Tarn and Wang 
[2], the finite strip method by Sun et al. [3]. In 
addition, the theoretical formulations are provided 
by Shadmehri, Derisi, and Hoa [4] to determine the 
equivalent flexural stiffness (EI) for composite tubes 

where the in-plane deformation is neglected. The 
Donnell theory is used by Fuchs and Hyer [5] to 
compute the linear response of the displacements 
and interlaminar stresses for the thin, symmetrically 
slaminated circular cylinders subject to bending by 
end rotations. However, we would like to point out 
that the solution provided by Lekhnitskii cannot be 
obtained by his proposed method [6], because the 
number of unknowns is larger than the number of 
the available equations. Jolicoeur and Cardou [7] 
extended the method by Lekhnitskii to a more 
general case of cylindrical anisotropy for a system 
including several coaxial hollow circular cylinders, 
with and without the core. The continuity conditions 
of stress and displacement on the interface between 
every layer and the boundary conditions of stress on 
the free surfaces are used to determine the unknown 
coefficients. Then the equivalent flexural stiffness 
(EI) can be obtained. Finally, the load condition is 
used to determine the curvature of bending. For the 
general case of cylindrical anisotropy, the solutions 
can be obtained successfully. However, for 
cylindrical orthotropy [0/90], there are two terms 
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with infinite parameters, thus the relating continuity 
conditions on the interface and boundary conditions 
on the free surfaces cannot be used straightforwardly. 
Even though Jolicoeur and Cardou [7] declared that 
their results are equivalent to those by Lekhnitskii 
[1], the detail was not provided. Zhang and Hoa [6] 
proposed the limit-based approach to overcome this 
problem. However, they only considered the case 
with two orthotropic cylinders [0/90] and without 
other arbitrary angles. 
 
In this paper, the bending of tubes made up of layers 
with arbitrary winding angles including 0° or 90° 
and other angles is considered. The singular 
parameters near special angle are investigated. Then 
the nonsingular unified coefficients as well as their 
corresponding parameters are introduced and an 
efficient method is proposed.  
 

2 Preliminary 

A composite tube made of several coaxial circular 
layers of cylinder is shown in Fig.1. These layers are 
made of homogeneous orthotropic composite 
material with three principle directions. The angle 
between the fiber direction and the plane through the 
axis of cylinders, is called the winding angle. If the 
winding angle is 0° or 90°, the layer is cylindrically 
orthotropic. The tube consisting of cylindrically 
orthotropic layers, particularly with inner layers of 
90°, is significant in engineering because their fibers 
can contribute to the stability around the 
circumference. The transformation of compliance 
elastic matrix from the material principle coordinate 
system to the cylindrical system can be readily 
obtained as follows, 

 TC T ST
 

 (1) 

where 

 

2 2
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 (4) 

Suppose all layers including special angles 0    

or 90    and others are bounded perfectly. Let 
angles of all these layers change together by an 
additional angle  , namely, the changed special 
angles can be expressed as following 

      (5) 

It is found that the transformation from 0    to 

0     is similar to the transformation from 

90    to 90     as follows 

 TC = T CT  (6) 

where C  is the compliance elastic matrix for   and 

 
Fig. 1  Pure bending composite tube 
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in which sin ,  coss c   . So we can consider 
these two cases in the similar procedures. In other 
words, the further discussion is available both for 

0    and for 90   . Expanding Eq. (6), the 
compliance elastic matrix is expressed in the 
following form in which the nonzero parameters are 
identified, 
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C  (8) 

The reduced elastic parameters are also employed as 

 3 3

33

i j
ij ij

C C
C

C
    (9) 

Its relating matrix can be expressed in the following 
form as 
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β  (10) 

By means of these reduced elastic parameters, four 
roots for the characteristic equation are given by 
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in which , ,a b c  are the expressions of ij . Besides, 

the following parameters can also be obtained as 
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By means of Eqs. (10) and (11), the following 
parameters can be calculated for 1,2,3,4i   as 
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For the problem of pure bending, the in-plane and 
out-of-plane stresses are expressed as 
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and 
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 (16) 

Thus the longitudinal stress can be calculated as 

 33

13 23 34

1
( sin cos

)

z x y

r z

r r
C

C C C 

    

  

 

  
 (17) 

In addition, the displacements can also be expressed 
using the parameters in Eqs. (11), (14), and (12). It 
is found that the parameters ig ’s are only included 

in the out-of-plane stresses in Eq. (16), and as such 
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in the longitudinal stress in Eq. (17), while they are 
included in all displacements. 
 

3 Problems from singular parameters 

For special layers when   , i.e., by Eq. (5), 

when 0  , the compliance elastic matrix has the 
following form as 
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C  (18) 

Thus, the reduced elastic parameters can be 
calculated by using Eq. (9) with Eq. (18). The 
relating matrix can be expressed in the following 
form as 
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It is obvious from Eqs. (18) and (19) that 

 14 24 34 56= 0C C C C     (20) 

and 

 14 24 56 0       (21) 

Thus, one can obtain the following by Eqs. (11) and 
(12), respectively, with Eq. (18) and (19) as 
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Then, by Eq. (14) with Eqs. (19) and (22), one can 
calculate the following 

 0 for 1,2ig i    (24) 

However, by Eq. (14) with Eqs. (19) and (22), 3g  

and 4g  cannot be straightforwardly worked out 
because their denominators and numerators are 
equal to zero. So, the description for the stresses and 
displacements by Jolicoeur and Cardou [7] is not 
satisfactory where 3g  and 4g  are included. It is our 
attempt in this paper to find a suitable description for 
them. 
 

4 Investigation of parameters near special angles 

4.1 Approximation of parameters 

Because 3g  and 4g  cannot be determined, the 

approximations for 3g  and 4g  near 0   cannot be 
straightforwardly derived using their Taylor series 
expansion. So, we rewrite ig ’s in the following form 
as 

 for 1,2,3,4i
i
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It is found, for special layers 0  , that 
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Since iA ’s and iB ’s are continuous functions of  , 
their approximations can be obtained using their 
Taylor series expansions. Thus, the approximations 
for ig ’s can be obtained. The following derivatives 
can be derived as 
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Consequently, the following approximations can be 
obtained as 
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Then, by Eq. (25) with Eqs. (29) and (30), one has 
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and 
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This indicates that the approximations for 1 2,g g  are 

proportional with   while those for 3 4,g g  are 

inversely proportional with  . In other words, 

3 4,g g  are infinite for special layers as 

  for 3,4ig i    (33) 

where the symbols with wave ‘   ’ represent their 
limits, i.e., 

 
0

limi ig g


  (34) 

However, the stresses and displacements for special 
layers are finite before failure. That is to say, in the 
method by Jolicoeur and Cardou [7], the finite 
stresses and displacements for special layers are 
described by the infinite 3g  and 4g . So the further 
calculation is difficult. 
 

4.2 Unavailable by previous technique 

By previous technique, the terms with infinite 
parameters are eliminated according to the finite 
stresses and displacements. In other words, one 
simply sets 

 0 for 3,4iK i    (35) 

By Eq. (16) with Eq. (35) as well as Eqs. (22) and 
(24), the following can be obtained as 

 
0

0
z

rz





 

  (36) 

However, it is found by the actual numerical 
analysis that the solution in Eq. (36) are only 
available for the tube with special layers and without 
ordinary layers [6]. In general, for the tube including 
special layers together with ordinary layers, this 
solution does not work. Otherwise, the continuity 
condition on the interface between special and 
ordinary layers cannot be satisfied. For example, for 
the special layer n  together with the ordinary layer 

1n  , the continuity condition for rz  on their 

interface 1nr b   requires 

 1 1 1( ( )) ( ( ))rz n n rz n nb b      (37) 

But the expression in Eq. (36) for total special layer 
n  cannot provide such condition since for ordinary 
layer 1n   it is possible  

 1 1( ( )) 0rz n nb     (38) 

So, for this case, the previous technique in Eq. (35) 
to deal with the terms with infinite parameters does 
not work. In fact, since the infinite singular 
parameters cannot be obtained in actual calculation, 
the method by Jolicoeur and Cardou [7] is difficult 
to be used for the special layers in engineering. 
Consequently, more investigation is necessary. 
 

5 Investigation of stress coefficients for special 
layers 

5.1 Limit to the expression for stresses 

Since some of the singular parameters are infinite as 
discussed earlier, they are difficult to describe the 
finite stresses and displacements for special layers. 
To overcome this problem, we have to find their 
finite alternatives. For this purpose, we consider the 
stress limits when 0  . For those finite 
parameters, since they are continuous functions of  , 
their limits are equal to their values. In addition, due 
to the fact that the stresses for special layers are 
finite, their limits are also equal to their values. For 
this knowledge, the limit to in-plane stresses and 
out-of-plane stresses for special layers can be 
expressed as 
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and 
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 (40) 

It should be noted that in Eq. (40) we consider 

2 2 0r r    according to 2 2 0   . However, 

we cannot simply let 1 1 0K g    and 2 2 0K g    

according to 1 1 0g g   and 2 2 0g g   because 

we do not have knowledge about 1K  and 2K . So we 

consider 1 1K g  and 2 2K g  together in case 1K  and 

2K  are infinite. Of course, 3 3K g  and 4 4K g  have to 

be considered together because 3g  and 4g  are 

infinite in Eq. (33).  

 

5.2 Requirement for finite in-plane stresses 

Consider any four regions which are different to 
each other inside the special layer n :  

 ,  0 2  for 1,2,3,4kr r k      (41) 

where 

 1 2 3 4 1n nb r r r r b       (42) 

in which nb  and 1nb   are the inner and outer radii for 

the special layer n . We can consider either r  or 

r  in Eq. (39). For the sake of convenience, they 
are rewritten in the following form as 
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Since both of them are finite for any [0,2 ]  , 
they provide the following equivalent equations as  
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As 1 2 3 4r r r r    by Eq. (42), one has 
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   (46) 

Thus the four vectors on right side in Eq. (45) are 
independent to each other. In addition, all vectors on 
both sides in Eq. (43) are finite, so one can conclude 
that 

 for 1,2,3,4iK i    (47) 

In other words, the finite in-plane stresses require 
that all the stress coefficients should be finite. 
Moreover, because the stresses as well as all the 
parameters are continuous functions of  , the 
following can also be obtained as 

 for 1,2,3,4i iK K i   (48) 

By Eq. (47) and (48) as well as Eq. (24), we now can 
conclude that 

  0 for 1,2i i i i i iK g K g K g i      (49) 

It indicates that the out-of-plane stresses in Eq. (40)
only include the terms with infinite singular 3g  and 

4g . Also, only the out-of-plane stresses include 
these singular parameters. Thus, to find the 
satisfactory description for stresses and 
displacements for special cylinders, one can make 
use of the requirement for finite out-of-plane stresses. 
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5.3 Requirement for finiteness of out-of-plane 
stresses 

Consider the special layer n , the following 
continuity conditions should be satisfied 

 1

1 1 1

( ( )) ( ( ))

( ( )) ( ( ))
rz n n rz n n

rz n n rz n n

b b

b b

 
 



  


 

 (50) 

By means of Eq. (50) with Eqs. (40) and (49), the 
following can be derived as 
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 (51) 

where 
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(52) 

Due to 
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   (53) 

Thus 
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  (54) 

Clearly, the values of expressions in Eq. (52) are 
finite since all the stresses inside the tube are finite. 
Therefore the limits on left side in Eq. (54) should 
be finite, i.e., 

   for 3,4i iK g i     (55) 

Due to the continuity about  , the following can be 
obtained 

   for 3,4i i i iK g K g i    (56) 

On the other hand, because 3g  and 4g  are infinite 

near 0  , 3K  and 4K  should be infinitesimal near 

0  . Thus their limits are equal to zero, i.e., 

 0 for 3,4iK i    (57) 

Consider Eq. (48) with Eq. (57), one has 

 0 for 3,4iK i    (58) 

In other words, the finite out-of-plane stresses 
require 3 0K   and 4 0K  . This conclusion is 
similar to Eq. (35). However, Eqs. (57) and (58) are 
derived systematically while Eq. (35) is obtained 
only by simply eliminating the terms with infinite 
parameters. Moreover, the further conclusion in this 
paper by Eq. (57), which will be discussed in the 
following text, is different from that by Eq. (35).  
 

Discussion for the simple case: only including one 
special layer 

In the case for the tube including only one special 
layer, both 1r b  and 2r b  are free surfaces. The 

boundary conditions for rz  on these free surface can 
be expressed as 

 1

2

( ) 0

( ) 0
rz

rz

b

b





 

 (59) 

By means of Eq. (59) with Eqs. (40) and (49), one 
has 
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 (60) 

Thus the following can be obtained 

  0 for 3,4i i i iK g K g i    (61) 

This implies that 0,  0rz z    inside total special 

layer for 1 2 ,  0 2b r b      . 
 
It can be interpreted for this simple case that 3K  and 

4K  are infinitesimal more than first-order. In other 

words, they can be expanded near 0   by using 
Taylor series expansion where 3 0K   and 4 0K   

and meanwhile 3 0K    and 4 0K   . In other words, 
for the tube only including one special layer, not 

only 3 0K   and 4 0K  , but also 3 3 0K g   and 

4 4 0K g   due to 3 0K    and 4 0K   . It should be 
pointed that this solution is equivalent to Lekhnitskii 
[1]. However, we derive this solution systematically 
while Lekhnitskii set his unwanted coefficient to 
zero without any explanation. In addition, it should 
be noted that, even though Jolicoeur and Cardou [7] 
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declared that they also obtained the results 
equivalent to Lekhnitskii [1], they did not provide 
the details. 
 

Discussion for the general case: including special 
layers and others 

In the general case when there are ordinary layers 
together with the special layers included in the tube, 
in Eq. (50) it is possible for 0rz   on the interface 

between other layers, namely, 

 1

1 1

( ( )) 0

( ( )) 0
rz n n

rz n n

b

b






 

   
   
  

 (62) 

So there exists nonzero solution for Eq. (51), namely, 

 3 3

4 4

0

0

K g

K g

        
   

 (63) 

This indicates that it is possible for 3 3 0K g   or 

4 4 0K g   even though the relating limit 3 0K   and 

4 0K   (for this case we would refer to their limits 
than their values). In other words, it is possible for 

0rz   inside the special layers for 

1,  0 2n nb r b      . Therefore, the terms with 

3g  and 4g  cannot be simply eliminated by the 
previous technique. 
 
In this case 3K  and 4K  can be considered as the 
infinitesimal of first-order. In other words, they can 
be expanded near 0   by using Taylor series 
expansion where 3 0K   and 4 0K   while 3 0K    

or 4 0K   . In other words, for the tube including 
special layers and together with other layers, one has 

3 0K   and 4 0K   but 3 3 0K g   or 4 4 0K g   due 

to 3 0K    or 4 0K   . This is why it is possible for 

0rz   for special layers while 3 0K   and 4 0K  . 

For this reason, rz  and z  inside the special 

cylinders would rather be expressed by 3 3K g  and 

4 4K g  than by 3K  and 4K  together with 3g  and 4g . 
 

6 New method for analysis of composite tube 
including special layers and others 

Based on the previous discussion, the unified 
coefficients can be introduced as 

 
*

,  
 for 3,4

,  

i i

i

i i

K g
K i

K g

 

 

 


  (64) 

Clearly, such unified coefficients are finite for any 
case of [0,2 ]  . Furthermore, the corresponding 
parameters can also be defined. From Eq. (64) one 
has 

 * 1  for 3,4 when i i iK K g i      (65) 

Thus, consider Eq. (25), the new parameters for 
   can be introduced as 

 * 1  for 3,4i
i i

i

B
g g i

A
    (66) 

It is noted that such parameters cannot be calculated 
directly for special layer when    because 

3 4 0A A   and 3 4 0B B   in Eq. (27). However, 
according to Eq. (32), their limits are finite, i.e., 

 * *

0 0
lim lim 0 for 3,4

2
i

i i
i

B
g g i

A 


 


   


   (67) 

Therefore, the parameters particularly for special 
cylinders can be defined as 

 * 0 for 3,4ig i    (68) 

The new parameters in Eqs. (66) and (68) can be 
rewritten together as 

 
1

*   for 
 for 3,4

0     for 
i

i

g
g i

 
 

  


  (69) 

Such parameters are finite in any case of [0,2 ]  . 
By means of the finite unified coefficients and their 
corresponding parameters in Eqs. (64) and (69), 
respectively, the stresses and displacements can be 
described satisfactorily. The in-plane stresses can be 
expressed as 
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 (70) 

while the out-of-plane stresses can be expressed as 
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 (71) 

By Eqs. (70) and (71) the longitudinal stress can be 
expressed in the same form as Eq. (17). In addition, 
the in-plane and out-of-plane displacements can be 
expressed as follows, 
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(72) 

and 
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 (73) 

where   is the curvature of rigid displacement and 
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 (74) 

 
By means of our description for stresses and 
displacements, the further procedures can be 
followed similar to Jolicoeur and Cardou [7] as: 
 
Step 1: The unknown 1 2( ) ,  ( )n nK K , *

3( )nK , *
4( )nK  

are determined by using the boundary conditions on 
the free surfaces of the tube and the continuity 
conditions on the interface between every layers.  
 
Step2: The end moment ,  x yM M  are used to 

determine the curvatures for tube 
 

 
1

( ) ( )
N

n
n

EI EI


    (75) 

where 
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 (76) 

Step 3: The results for stresses as well as 
displacements for tube are calculated by Eqs. 
(70), (71), (72), and (73).  
 
It should be pointed that we do not work out iK ’s 

and ig ’s or iK ’s and ig ’s to derive *
3K  and *

4K  by 

using Eq. (64). In fact *
3K  and *

4K  are determined 
by using the boundary and continuity conditions 
with *

3g  and *
4g  which are defined in Eq. (69). 

 

7 Numerical examples 

The stress analysis of five composite tubes which 
are made up of cylindrically anisotropic layers of 
different winding angles subject to pure bending is 
presented. The material parameters are provided in 
Table 1 while the geometry parameters for all tubes 
are provided in Table 2. To provide the pure bending 
moment at the end of tubes, we consider the linearly 
distributed load which is equivalent to the moment 
as 

 31.5102 10 NmM    

The present approach is introduced to work out the 
solution. The bending stiffness (EI) for the tubes are 
provided in Table 3. The stress distributions are also 
shown in Figures 2 to 5.  
 
The numerical analysis by Nastran for the same 

Table 1  Graphite/polymer composite 
 

Material property Value Units 

11E  155 GPa 

22E  12.1 GPa 

33E  12.1 GPa 

23G  3.2 GPa 

13G  4.4 GPa 

12G  4.4 GPa 

23  0.458 - 

13  0.248 - 

12  0.248 - 

Table 2  Geometry model for tubes 
 

Tube
Ply  

sequence 
Length 

/m 

Radii for  
cross section

/m 
0.025 

1 [90] 0.6 
0.039 
0.025 
0.032 2 [90/0] 0.6 
0.039 
0.025 
0.032 3 [90/45] 0.6 
0.039 
0.025 
0.02967 
0.03433 

4 [90/45/0] 0.6 

0.039 
0.025 
0.0285 
0.032 
0.0355 

5 [90/±45/0] 0.6 

0.039 
 

Table 3  Results for tubes 
 

Tube n n  (EI)/×103Nm
1 90° 18.641 1 

sum  18.641 
1 90° 6.2322 
2 0° 154.33 2 

sum  160.56 
1 90° 5.9755 
2 45° 17.166 3 

sum  23.142 
1 90° 3.4695 
2 45° 9.2015 
3 0° 112.53 

4 

sum  125.20 
1 90° 2.1398 
2 45° 9.1010 
3 -45° 12.153 
4 0° 87.980 

5 

sum  111.37 
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tubes is also employed to check the present approach. 
The finite element models for all tubes are provided 
in Table 4. The results by Nastran in Figures 2 to 5 
are shown in points of different types. It is found 
that the results by present approach and Nastran are 
in good agreement. So the present approach can be 
used to obtain the satisfactory solution for the pure 
bending composite tubes made of layers of 
cylindrical orthotropy with arbitrary angles 
including the special angles.  
 
From the results, it is found that 0rz   for Tube 1 

[90] and Tube 2 [90/0] where only the special layers 
are included, while 0rz   for Tube 3 [90/45] and 
Tube 4 [90/45/0] because the special layers are 
adjacent to the layer 45°. However, in Tube 5 [90/±
45/0] rz  are almost zero even though the special 
layers are adjacent to other layers. This is because 
the other layers are wound in opposite angles, i.e., in 
45° and -45°.  
 

8 Conclusions 

A method is proposed to overcome the problem 
from singular parameters for pure bending 
composite tube when the winding angles include 0° 
or 90°. The Taylor series expansion is employed to 
derive the approximations for the parameters near 
special winding angles. Then the unified coefficients 
as well as their corresponding parameters are 
introduced and an efficient method is proposed. 
Good agreement of the results for several composite 
tubes by the proposed approach and NASTRAN 
indicates that the approach is effective. 
 
 

Table 4  FEM model for tubes 
 

Tube 
Element  

type 
Element  
number 

Node 
number

1 Hex8 64000 68900
2 Hex8 64000 68900
3 Hex8 64000 68900
4 Hex8 96000 102950
5 Hex8 128000 136160
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Fig. 2  Radial stress r  along 90    
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Fig. 3  Tangential stress   along 90    
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Fig. 4  Longitudinal stress z  along 90    
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Fig. 5  Shear stress rz  along 0    
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1 Introduction  

The patency rates of small caliber vessels (<Ø 6mm) 

after stent implantation remain unsatisfactory [1]. 

The concept of the BioStent is to avoid instent 

restenosis through a vitalized stent surface. The key 

element of the concept is the combination of 

conventional stent technology with a Tissue 

Engineering approach. This vitalized composite 

structure is able to eliminate two major reasons of 

restenosis. On the one hand, the artherosclerotic 

vessel section is totally excluded from the blood 

stream and secondly a totally intact and functional 

endothelial cell layer is available on the lumen side 

of the stent providing optimum hemocompatibility. 

The proof of concept of this textile-based composite 

structure was successfully carried out and promising 

results were found [2]. It could be shown that a warp 

knitted tubular structure as textile stent structure is 

highly appropriate for the BioStent concept.  

The aim of the present study was to analyze the 

influence of different warp knitting process 

parameters on the mechanical properties of the stent 

structure. The impact of the components textile and 

fibrin (cell carrier) on the mechanical properties 

such as radial force and deformation resistance are 

equally investigated. This approach examining the 

correlation of parameters and properties can be 

transferred to the development of other textile-based 

composite implant structures. 

 

2 Materials and Methods 

2.1 The BioStent Production Process  

The production of the BioStent has previously been 

described [1]. The vitalized stent consists of a self-

expanding, warp knitted Nitinol structure which is  

embedded into a cell-fibrin matrix. An injection 

moulding process was established to cover the stent  

 

 

structure with a smooth muscle cell and fibrinogen 

suspension. The suspension polymerizes within 45 

minutes after injection. The composite structure is 

then placed in a bioreactor system for cultivation. In 

a further step, endothelial cells are added to the inner 

surface of the tubular structure in order to most 

closely mimic the native vessel.  

 

2.2 The textile stent structure 

Four different stent configurations were produced. 

The pattern and the take up speed were varied (see 

table 1). A superelastic nitinol wire (NiTi Nr.1SE; 

Fort Wayne Metals, Indiana, USA) with a 

thickness of 76 µm was used in all stents. The 

structures were produced on a double-bar raschel 

warp knitting machine (Karl Meyer 

Textilmaschinenfabrik GmbH, Obertshausen, 

Germany). The fabrics were thermosetted at 

500 °C for 15 minutes on a metal core (Ø 6mm).  

 

2.3 Mechanical testing 

Radial force, local compression and deformation 

resistance were analyzed for all stent structures. All 

tests were carried out following DIN EN ISO 25539-

2. Samples were mounted in a uniaxial Zwick tensile 

testing machine. Special clamps or testing devices 

were manufactured. For radial force measurements 

the samples were placed in between two “V”-

clamps. Force and displacement were recorded 

throughout tests. The test consisted of measuring the 

force applied by the stent to the upper V-clamp 

during deployment. The local compression indicates 

the resistance that a stent opposes to a locally 

applied force. A stamp of Ø 4 mm was used. The 

stent was locally compressed by the stamp down to 2 

mm and released. Force and displacement of the 

stamp were measured. For deformation resistance 
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the stent was compressed using two metal plates in 

order to apply a uniform load over the stent length. 

The stent was compromised to 1 mm. The upper 

plate was then returned to its starting position. Force 

and displacement were again measured.  

 

3 Results  

Different warp knitted stent structures were 

produced (see figure 1) and mechanically 

characterized. The different parameter sets were 

compared for each test. The results obtained for the 

radial force of the different stents is shown in 

figure 2. Values from literature for similar tests on 

commercially available stents [3] were compared 

and analyzed with the data gained from testing. 

Considering all test data achieved, a clear correlation 

between the process parameters and mechanical 

properties of the stent was found. A higher take up 

speed and underlap both result in increased 

mechanical properties. Parameter set „Trikot 10‟ 

showed the best results for all tests carried out.  

For the long-term success of the implant the 

behavior not just of the textile but of the composite 

is crucial. Mechanical testing was repeated for the 

textile-fibrin composite. Due to the time and cost 

intensive cell culturing, it was decided to evaluate 

the textile-fibrin construct without cells in a first 

step. No significant differences could be determined 

between textile and textile-fibrin structure. This 

supports the expectation that the textile structure is 

mainly responsible for the mechanical properties of 

the composite. However the tests will need to be 

repeated in combination with the cellular 

component(s) as these may have a major impact on 

the construct‟s mechanical properties. The results 

gained will be used to improve the textile structure 

to increase the mechanical properties of the 

BioStent.  

Table 1: Sets of investigated warp knitting 

parameters  

Parameter Set 

Term 

Pattern Take up speed 

[stitches/cm] 

Trikot 7 1x1, 1x1 7 

Trikot 10 1x1, 1x1 10 

Charmeuse 5 1x1, 2x1 5 

Charmeuse 7 1x1, 2x1 7 

 

 

Fig. 1: Warp knitted stent structures: (A) 1x1, 2x1 – 5 

stitches/cm, (B) 1x1,2x1 – 7 stitches/cm, (C) 1x1, 1x1 – 7 

stitches/cm, (D) 1x1, 1x1 – 10 stitches/cm 

 

 

Fig. 2: Radial forces obtained for the analyzed stent 

geometries at different diameters 
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 1 Introduction 

The braided fabrics are one of the typical 

textiles and have been expected to be excellent 

preforms as reinforcements for composite 

materials. Fig.1 shows the schematic drawing of 

braided fabrics. One of the important features is 

the continuity of fiber bundles which oriented 

diagonally called braiding yarns (BY), and 

braided fabrics have capability to change 

orientation angles of braiding yarns called 

braiding angles. Another feature is that fiber 

bundles called middle end yarns (MEY) can be 

inserted into BYs along the longitudinal 

direction, so that excellent mechanical 

properties are expected. In addition, braided 

fabrics can be fabricated by using various kinds 

of BY and MEY with different properties 

simultaneously. Therefore, mechanical 

properties of braided composites can be 

variously designed according to requirements. 

In previous study, it was clarified that internal 

structures of braided fabrics were determined by 

four structural parameters; braiding angle, 

distance between braiding yarns, area and cross-

sectional shape of braiding yarns, and these 

parameters have interrelationship with each 

other. For example, by changing braiding angle, 

a distance between braiding yarns, area and 

cross-sectional shape of fiber bundles are 

automatically changed. Therefore it proves a 

challenge to design mechanical properties and 

dimension of braided composites because to 

predict the internal structures of braided fabrics 

is very difficult. In recent study, the internal 

structural parameters and these inter-

relationships of braided composites with 

thermo-setting resin has been clarified.  While 

in the case of braided composites with 

thermoplastic resin, the impregnation 

mechanism of thermoplastic resin is completely 

different from that of thermosetting resin 

because thermoplastic resin changes from a 

solid to a liquid state during impregnation 

process. In addition, thermoplastic resins with 

liquid state in high temperature usually have 

much higher viscosity than thermo-setting resin 

with liquid state. Because of these differences, 

in order to predict internal structures of braided 

composites with thermoplastic resin, it is 

necessary to investigate the impregnation 

process or mechanism of thermoplastic resin 

into fiber bundles and the change in internal 

structural parameters. 

The purpose of this study is to establish the 

prediction method for internal structural 

parameters of braided composites with 

thermoplastic resin. In order to investigate the 

impregnation process and internal structural 

parameters, braided fabrics were fabricated with 

changing a distance between braiding yarns, and 

braided composites were fabricated with 

changing molding time. Cross-sectional 

observation was performed to investigate effects 

of the molding time and distance between 

braiding yarns on impregnate state and cross-

sectional area and shape of braiding yarns. In 

addition, interrelationship between these 

parameters was estimated experimentally and 

numerically by reference to the prediction 

method for internal structure of braided 

composites with thermosetting resin. 
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Fig.1. Structure of braided composites. 

 

2 Materials and Specimen Fabrication 

Two intermediate materials; commingled yarn 

and advanced micro braided yarn (A-MBY); 

were employed for braided composites with 

thermosetting resin. Commingled yarn was a 

material in which reinforcing fibers and resin 

fibers were commingled. A-MBY was a 

material in which a reinforcing fiber bundle was 

covered with resin fiber bundles by using 

braiding technique. The structure of 

commingled yarns and A-MBY was shown in 

Fig.2 and Fig.3 respectively. 

 

 
Fig.2. Structure of commingled yarn. 

 

 
Fig.3 Structure of advanced-micro braided Yarn. 

 

Carbon fibers (T700-12000-60E, 800tex, Toray 

Industries) were used as reinforcement and 

PA66 resin fibers (235dtex, Asahi-kasei 

chemical Industries) were used as matrix resin. 

One layer of braided fabrics was fabricated on a 

straight mandrel with two types of intermediate 

materials. Specification of braided fabrics was 

shown in Table 1. 16 of BY and 8 of MEY were 

used for the fabrication. 5 types of specimens 

were prepared with different distance between 

braiding yarns. The distance between braiding 

yarns were controlled by changing a diameter of 

mandrel and braiding angles. 
 

Table 1 Specification of specimen 

 
 

Specimens were removed from the mandrel 

after fabrications. The tubular braided fabrics 

were flatten and put into metal mold and 

molded under heat and pressure. Finally, plates 

of strip specimens with 20 or 50mm in width 

were formed as shown in Fig.4. In order to 

investigate the internal structure for one-layer of 

braided composites, aluminum plate (1mm 

thickness) was inserted into braided composites 

to separate both layers before molding, because 

the plate of specimen had double layers which 

come from tubular structure of braided fabrics. 

The molding condition was shown in Table 2. 

Molding pressure was 3MPa, molding 

temperature was 290 degrees C, and molding 

time was changed as 30s, 1min, 3min, 5min, 

10min, 30min. 

 
Fig.4. Image of compression molding. 

 

Table 2 Molding conditions 
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3 Experimental procedures 

After cutting the specimen along the BYs and 

embedding it into epoxy resin, the cross-

sections were polished and observed using an 

optical microscope. Schematic image of cross-

sections along a BYwas shown in Fig.5. Cross-

sections of fibers bundles were represented by 

an elliptical shape in this figure. Gray ellipses 

show cross-sections of BYs and white one 

shows MEY. A distance between yarns (L), 

major axis (AL) and minor axis (AS) of BYs were 

measured in each cross-section. Aspect ratio of 

fiber bundle cross-section ( ＝ AS/AL) was 

calculated by AS divided by AL , and 

corresponding to cross-sectional shape of the 

fiber bundle which is one of the structural 

parameters. Gap between braiding yarns (Gap) 

was calculated by subtracting the AL from L. 

And volume fraction of fibers in fiber bundles 

(Vf) was calculated by dividing cross-sectional 

area of fiber bundles (tex /density) by area of 

reinforcing fiber bundle (A). The relationship 

between quantified values of aspect ratio, major 

axis AL, volume fraction of fiber Vf , gap 

between braiding yarns and molding time was 

investigated.  

 
Fig.5 Schematic image of cross-sections along the 

braiding yarn. 
 

4 Results and Discussion 

Change in cross-sectional shape of fiber 

bundles 

The cross-sectional photographs for 3 types of 

specimens with comingled yarns with molding 

time of 1, 5, and 10min were shown in Fig.6 (a)-

(c) respectively. White parts in these photos 

were resin rich region in fiber bundles. It was 

found that braiding yarns and middle end yarns 

were flattened (aspect ratio was decreased) with 

increase in molding time from these photos. In 

Fig.6(a), resin rich region, impregnated and 

unimpregnated region were observed. And resin 

rich region unevenly existed in fiber bundles. 

However resin rich region in fiber bundles 

decreased with increasing molding time from 

1min(Fig.6(a)) to 10min (Fig.6(c)). Fibers were 

distributed more uniformly with increasing 

molding time because of the flow of melted 

resin in fiber bundles.  

The relationship between thickness of one layer 

and molding time in both specimens with two 

types of intermediate materials was shown in 

Fig.7. The thickness decreased with increasing 

molding time and the thickness of commingled 

yarns was thicker than that of A-MBY. The 

relationship between major axis of braiding 

yarns and molding time was shown in Fig.8. 

Major axis was increased with increasing 

molding time and major axis of commingled 

yarns was thicker than that of A-MBY. The 

relationship between aspect ratio of braiding 

yarns and molding time was shown in Fig.9. 

Aspect ratio was decreased with increasing 

molding time and aspect ratio of A-MBY was 

larger than that of commingled-yarns The 

relationship between Vf in braiding yarns and 

molding time was shown in Fig.10. Vf in 

braiding yarn was increased with increasing 

molding time. Vf of commingled-yarns was as 

much as that of A-MBY. However Vf of 

commingled-yarns tended to be smaller than 

that of A-MBY at short molding time 30s and 

1min. 

From these results, it was clarified that resin in 

fiber bundles were impregnated into fiber 

bundles with increasing molding time and the 

cross-sectional shape of fiber bundles was 

flattened (aspect ratio was decreased), and 

differences between commingled-yarns and A-

MBY was found in cross-sectional shape of 

fiber bundles. 
 

 
Fig.6 Cross-sectional photos for 3 types odf specimens 

with comingled yarns at 1min, 3min, 10min. 
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Fig.7 Relationship between thickness of layer 

and molding time. 
 

 
Fig.8 Relationship between major axis of braiding yarn 

and molding time. 

 
Fig.9 Relationship between aspect ratio of braiding yarn 

and molding time. 

 
Fig.10 Relationship between Vf in braiding yarn 

and molding time. 

 

Prediction of internal structures for braided 

composite with commingled yarns. 

In the case of the specimen with commingled 

yarns, aspect ratio as a function of a distance 

between braiding yarns are shown in Fig.11. 

Unfilled squares, triangles and circles were 

experimental values for molding time 1, 3, 10 

min. These results were obtained from the 

cross-sectional observation of braided 

composites. In previous study, it was suggested 

that aspect ratio for braiding yarns of braided 

composites with thermo-setting resin and 

distance between braiding yarns had the 

minimum values and aspect ratio could be 

approximated as a function of distance between 

braiding yarns by fractional function F(x) as 

shown in Eq. (1). F(x) is aspect ratio, x is 

distance between braiding yarns, a is 

proportional constant, b is minimum distance 

between braiding yarns and c is minimum 

aspect ratio. This expression shows that x 

converges on b, and F(x) converges on c. In 

other words, this expression shows minimum 

value of the distance between braiding yarns is 

b and minimum value of aspect ratio is c. The 

minimum distance b could be geometrically 

calculated when neighboring braiding yarns 

were contacted with each other assuming 

maximum aspect ratio of fiber bundle cross-

section was 1. After that, a and c were decided 

to make approximate expression F(x) as close as 

possible to measured values. 
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First, it was investigated whether this method 

for the internal structures of thermo-setting 

braided composites could be applied on braided 

composites with thermoplastic resin with 

commingled yarns. After deciding b, a and c 

were decided in a same way as mentioned above 

in each molding time. The obtained values of 

parameters a, b, and c are shown in Table3 and 

approximated curves are shown in Fig.11 as 

dashed lines. It was clarified that a was 

decreased with increasing molding time while c 

showed constant value regardless of molding 

time. From these results, it was suggested that 

aspect ratio of braided composites with 

thermoplastic resin could be predicted as a 

function of a distance between braiding yarns by 

changing parameter a according to molding 

time. 

Then, prediction of other parameters (Major 

axis of fiber bundle cross-section, Gap) was 

conducted. Major axis was calculated by 

following expression (2)  with area of an 

ellipse corresponding to cross-sectional shape of 

the braiding yarns. The predicted values of 

major axis are shown in Fig.12 as dashed lines. 

Additionally, gap between braiding yarns was 

predicted by following expression (3). The 

predicted values of gap between braiding yarns 

are shown in Fig.13 as dashed lines. From these 

results, predicted values of major axis and gap 

were in good agreement with measured values. 

As these results、 it was suggested that the 

internal structures with thermoplastic 

composites could be predicted even if in 

commingled yarns for intermediate material. 

 

 ( )   
 

     
             (1) 

 

  ( )   √
                    

        
    (2) 

 

   ( )              (3) 
 

 
Fig.11 Aspect ratio of commingled yarns as a function of 

a distance between braiding yarns. 
 

Table 3  Approximate expression for specimens of 

commingled yarns. 

 
 

 

 
Fig.12 Major axis of commingled yarns as a function of 

a distance between braiding yarns. 

 

 
Fig.13 Gap of commingled yarns as a function of a 

distance between braiding yarns. 

Specimens a b c

1min 0.300 1.009 0.005

3min 0.255 0.962 0.005

10min 0.227 0.924 0.005

ICCM19 216



 

Prediction of internal structures for braided 

composite with A-MBY 

Secondly, it was investigated whether the 

prediction of the internal structures with 

thermo-setting composites was applied on A-

MBY.  

Aspect ratio of A-MBY as a function of a 

distance between braiding yarns is shown in 

Fig.14. Experimental values for molding time 

1min, 10min, 30min are shown as unfilled 

squares, triangles and circles which were 

obtained from the cross-sectional observation. 

As in the case with commingled yarns, a and c 

were decided with constant number b by 

changing a and c to make approximate 

expression F(x) as close as possible to measured 

value. The values of each parameter are shown 

in Table 4 and predicted values were shown in 

Fig.14 as dashed lines. It was clarified that c 

was a constant vaule and a was decreased with 

increasing molding time as same as commingled 

yarns.  

Then, prediction of other parameters (Major 

axis of fiber bundle cross-section, Gap) was 

also conducted. Major axis was calculated by 

expression (2) or (3). These results are shown in 

Fig.15 and Fig.16. Each predicted values of 

major axis and gap between braiding yarns were 

in good agreement with each measured value. 

From these results, it was suggested that the 

internal structures of braided composites with 

A-MBY also could be predicted. 
 

 
Fig.14 Aspect ratio of A-MBY as a function of a distance 

between braiding yarns. 

 
Table 4 Approximate expression for specimens of A-

MBY 

 
 

 
Fig.15 Major axis of A-MBY as a function of a distance 

between braiding yarns. 

 

 
Fig.16 Gap of A-MBY as a function of a distancebetween 

braiding yarns 

 

Comparison between braided fabric 

reinforced thermo-setting and thermoplastic 

composite. 

Next, approximate expression F(x) of braided 

composites with thermo-setting and 

thermoplastic resin was compared.  Each 

parameter was shown in Table 5 and 

approximated values of aspect ratio for thermo-

setting resin or thermoplastic resin are shown in 

Fig.17 as a solid line or a dashed line. 

Specimens a b c

1min 0.350 0.896 0.010

10min 0.300 0.873 0.010

30min 0.290 0.846 0.010
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Experimental data of braided composites with 

commingled yarns (molding time was 10min) 

and A-MBY (molding time was 30min) were 

used. It was found that the amount of change in 

aspect ratio was difference between thermo-

setting resin and thermoplastic resin.   

In the case of the specimen with commingled-

yarns, the amount of change in aspect ratio for 

commingled-yarns was larger than that of 

thermo-setting braided composites. During 

molding, the resin fibers inside of commingled 

yarns melted and impregnated into the space 

between reinforcing fibers under pressure in 

thickness direction. Then fiber bundles of 

commingled-yarn specimen was flatten more 

than those of thermo-setting specimen. 

Therefore a of commingled-yarn specimen was 

larger than that of thermo-setting resin specimen 

and the amount of change in aspect ratio for 

commingled-yarns was larger than that of 

thermo-setting resin. 

In the case of the specimen with A-MBY, the 

amount of change in aspect ratio for A-MBY 

was almost as much as that of thermo-setting 

braided composites. However, in short distance 

between braiding yarns 2.0-5.0 mm, aspect ratio 

for A-MBY was larger than that for thermo-

setting composites. And then a of A-MBY was 

also larger than that of thermo-setting specimen.  

In order to clarify the reason of the results, the 

relationship between unimpregnated ratio and a 

distance between braiding yarns was 

investigated for A-MBY. Unimpregnated ratio 

was calculated from unimpregnated area of fiber 

bundles divided by area of fiber bundles as 

shown in Eq. (4). The relationship between 

unimpregnated ratio and distance between 

braiding yarns for A-MBY was shown in Fig.18. 

Unimpregnated ratio was decreased with 

increasing distance between braiding yrarns. 

Therefore, in order to clarify the reason, cross-

sectional photos of A-MBY with a distance 

between braiding yarns of 2.6mm and 8.3mm 

were investigated . Those photos were shown in 

Fig.19. When a distance between braiding yarns 

was short in Fig.19 (a), unimpregnated area 

existed in fiber bundles. Unimpregnated area 

was circled by dashed line. However, when a 

distance between braiding yarns was short in 

Fig.19 (b), impregnation was completed enough.  

Therefore it was found that impregnation state 

was changed depending on a distance between 

braiding yarns. As the result, aspect ratio for A-

MBY was larger than that for thermo-setting 

composites and a of A-MBY was larger than 

that of thermo-setting specimen because there 

was unimpregnated area in small range of 

distance between braiding yarns.  

Additionally, major axis of fiber bundles of 

braiding yarns and Gap for each specimen was 

also compared. Those calculation results were 

based on Eq. (2) and Eq. (3). Fig. 20 shows the 

relationship between major axis of fiber bundles 

of braiding yarns and a distance between 

braiding yarns and Fig. 21 shows the 

relationship between gap between braiding 

yarns and a distance between braiding yarns 

Each calculated values had good agreement 

with measured values respectively.  

As the results, it was suggested that the internal 

structures of thermoplastics composites could be 

predicted in the same way as thermo-setting 

composites  
 

                      
                                  

                    
    (4) 

 
Table 5 Approximate expression 

 
 

 
Fig.17 Aspect ratio as a function of a distance  

between braiding yarns 
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Fig.18 Relationship between unimpregnated ratio and a 

distance between braiding yarns. 

 
 

 
(a) 2.6mm  

 

 

 
 (b) 8.3mm 

 

 

Fig.19 Cross-sectional photos of A-MBY at 2.6mm, 

8.3mm distance between braiding yarns  

 

 
Fig.20 Major axis as materials of a distance between 

braiding yarns 

 

 
Fig.21 Gap as materials of a distance between braiding 

yarns. 

 

5 Conclusion 
The purpose of this study is to predict the 

internal structural parameters for braided fabric 

reinforced thermoplastic composite. The braided 

fabric was fabricated with two kinds of 

intermediate materials. During molding with 

heat and pressure, effects of molding time on 

the mechanism of impregnation and internal 

structural parameters were investigated. As a 

result, followings were the conclusion obtained 

in this study. 

・It was suggested that the relationship between 

dimensional and internal structural parameters 

of thermoplastic resin with commingled yarn 

and A-MBY could be predicted by numerator 

function F(x) of braided fabric reinforced 

composites. 

・In thermoplastic resin, it was suggested that 

internal structural parameters of thermoplastic 

resin were changed by intermediate materials 

and resin content.  

・In thermoplastic composites with commingled 

yarns, it was observable that resin rich reagion 

in fiber bundles decreased with increasing 

molding time because of the flow of melted 

resin in molding products and fibers in fiber 

bundles were distributed more uniformly. 

Furthermore, it was clarified that cross-sectional 

shape of fiber bundles were flattened (aspect 

ratio was decrease) and resin within fiber 

bundles impregnate in fiber bundles. 
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・ In thermoplastic composites with A-MBY, 

although there was unimpregnated domain with 

a distance between braiding yarns was short , it 

was observable that the amount of change 

became larger than thermo-setting resin with a 

distance between braiding yarns became long 

and with increase of impregnation. 
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1. Introduction 

Metallic foams and periodic cellular structures have 

been investigated widely for energy absorption, 

thermal management, vibration damping, and 

structural load support applications [1, 2]. Periodic 

microtruss geometries, which comprise angled solid 

members that connect at node points, have been of 

interest because careful control of their geometry 

and periodicity [3-5] enables high stiffness, strength, 

and energy absorption at relatively low density. 

These properties compare favorably to those of 

metallic foams due to more efficient placement of 

constituent material [6]. In addition, the fabrication 

of such microtrusses may have further use in 

hierarchical micro/nanostructures to achieve  

simultaneously high stiffness and damping [7]. 
 

Microtrusses have been fabricated by methods 

including lithography of self-propagating 

photopolymer waveguides [8], rapid prototyping of 

acrylonitrile-butadiene-styrene (ABS) patterns 

followed by investment casting of beryllium-copper 

alloy [9],  weaving of stainless steel wires [10], and 

selective laser melting of metal powders [11]. 

Recently, a template fabricated by self-propagating 

photopolymer waveguide prototyping was coated by 

electroless nickel plating to create ultralight metallic 

microlattices with density less than 0.9 milligram 

per cubic centimeter [12].  However, in general 

methods of fabricating the slanted micro-scale 

members are serial rather than parallel, and require 

multiple steps such as sacrificial conversion of a 

polymer to a metal to give robust mechanical 

properties. 

 

We demonstrate a novel method of fabricating 

microtrusses by using patterned carbon nanotube 

(CNT) “forest” growth as a template.  Due to the 

high stiffness at low bulk density [13, 14] of CNT 

forests, and compatibility with conformal coating by 

Atomic Layer Deposition (ALD), this approach 

enables utilization of aligned CNTs in microtrusses 

with tunable mechanical properties and deformation 

behaviors. We show that tuning of ceramic coating 

from 20 to 1000 cycles of ALD results in tuning of 

the CNT based composite microtruss modulus from 

10-2150 MPa, which is comparable to tunability 

previously achieved for Ni-based microlattices (710 

KPa - 580 MPa) [15] and photopolymer 

microlattices (96 – 182 MPa) [8]. We also 

demonstrate that the deformation behaviors change 

drastically depending on the coating thicknesses and 

at coating thickness corresponding to 100 cycles of 

ALD, the CNT microtrusses exhibit extremely high 

strain recovery. 

 

2. Fabrication 

2.1 Microtruss Design 

CNT microstructures were fabricated in the 

microtruss geometry, where a center member and 4 

adjacent bent members come together at an apex to 

create a node. The bent CNT microstructures were 
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fabricated by stress mediated growth rate 

modulation. Topology optimization was performed 

where the angles of the laterally deflected CNT 

members were tuned by varying the overlap of 

growth rate modulation layer and the CNT catalyst 

layer to achieve the desired geometry. Then the 

microtrusses were reinforced with Al2O3 coating to 

enhance their stiffness and strength.  

2.2 CNT Microtruss Fabrication 

In order to create the 'microtruss' geometry with 

CNT microstructures, a scheme of creating curved 

CNT microstructures was needed. For this, a TiN 

layer underneath the CNT growth catalyst was used 

as a growth rate modulator causing the desired CNT 

micropillars to bend during growth and form the 

truss members. 

 

Two lithography steps were needed as the TiN 

underlayer was patterned before the CNT catalyst 

layer. First, the desired TiN layer pattern was 

defined on a silicon wafer by photolithography using 

a photoresist (SPR 220-3.0). TiN was sputtered, and 

lift off was performed on the entire wafer. The lift 

off procedure consisted of ultrasonication in acetone 

for 8 minutes twice then rinsing with isopropanol, 

then blow-drying with nitrogen. Then the second 

lithography step was performed to pattern the 

desired CNT catalyst shapes on the same wafer. A 

catalyst supporting layer (10 nm of Al2O3) and the 

catalyst (1 nm of Fe) were sputtered onto the 

patterned wafer. Once these films were deposited, 

the wafer was diced to appropriate sizes and lift off 

was performed again.  

 

Once the silicon wafer pieces were prepared, the 

CNTs were grown by a thermal Chemical Vapor 

Deposition (CVD) process in a quartz tube furnace. 

The wafer pieces were loaded into the quartz tube 

and the end caps were tightened to seal the system, 

and then it was flushed with 1000sccm of He for 5 

minutes. Then, under 400/100sccm of He/H2 flow, 

the temperature was ramped to 775°C in 10 minutes, 

then was held for another 10 minutes to anneal the 

catalyst. Then, 100sccm of C2H4 was added, which 

starts the growth of CNTs. The C2H4 flow was 

maintained for the duration necessary to achieve the 

desired height; the CNT growth rate was 

approximately 50 μm/minute under these conditions. 

 

 

 

 
 

Fig. 1. a) Growth rate modulation leading to 

curved as-grown CNT microstructures b) 

Microtruss topology tuning by varying the 

overlap of catalyst and growth retardant layer c) 

An SEM image of a large array of CNT 

microtrusses with selected topology d) 

Cylindrical CNT microstructures with various 

diameters to compare against CNT microtrusses 
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The effect of varying the overlap between CNT 

catalyst layer and TiN growth rate modulation layer 

is shown in Fig. 1a. The truss angle therefore was 

controlled by varying the portion of Fe/Al2O3 on 

SiO2 and TiN. A larger overlap results in steeper 

bending angle (measured from the vertical axis) and 

smaller radius of curvature, as it leads to a bigger 

portion of CNT microstructure growing slowly. By 

this method, a large array of CNT microstructures 

having desired topology was grown on a silicon 

wafer substrate (Fig. 1b,c) by thermal CVD.  

2.3 Mechanical Reinforcement 

In order to tune the mechanical properties of the 

CNT microstructures, reinforcement with Al2O3 was 

performed. Atomic Layer Deposition (ALD) is used 

to create a conformal coating of Al2O3 [16] on the 

individual CNTs within the microstructures, and to 

fill the forest with this coating. Each cycle of ALD 

process deposits approximately 0.1 nm of Al2O3 and 

coating thicknesses from 2-100 nm have been used 

in this study as shown in Fig. 2 a), b) and c). The 

coated microstructures were cleaved to assess the 

depth of penetration of the coating. As shown in Fig. 

2 d), the depth of penetration of the coating is 

approximately 5 μm.  To benchmark the properties 

of the reinforced microtrusses, cylindrical CNT 

microstructures were also prepared. 

 

3. CNT Microtruss Properties 

3.1 Measurement  

The CNT micropillars and microtrusses were 

characterized by a nanoindenter (MTS Nanoindenter 

XP) using a 100μm diameter flat sapphire tip. The 

indentation was performed at 150nm/s. In situ SEM 

compression was performed using a custom-built 

micromechanical test frame within an FEI Quanta 

ESEM. A 125μm diameter sapphire flat punch was 

used for in situ SEM compression.  

3.2 Deformation Behavior and Recovery  

In situ SEM compression was performed to capture 

the deformation behavior of CNT microtrusses. 

Depending on the thickness of the coating, the 

deformation behavior of reinforced structures 

changes drastically. This because individual CNTs 

in a microstructure are tangled and tortuous, and 

reinforcement by Al2O3 coating serves to cement the 

joints where the individual CNTs meet; moreover, 

the coating reinforces the spanning regions of the 

CNTs by creating core-shell composite beams. Also, 

CNT microstructures are effectively foam-like 

materials, and this limits the ability of ALD 

 
 

Fig. 2. a) A schematic showing 1 cycle of Atomic 

Layer Deposition of Al2O3. Al2O3 reinforced CNT 

microstructure walls b) 2nm, c) 10nm, and d) 

100nm. e) Penetration depth of ALD coating into 

CNT microstructure surface. 
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precursors to penetrate the entire structure and 

conformally coat the CNTs in the center of the 

structures. These characteristics lead to the 

reinforced CNT microstructures to exhibit shell-like 

deformation behavior. 

 

First, we consider the deformation of the straight 

cylindrical test structures.  With 2 nm (20 cycles) of 

ALD Al2O3, the microstructure deforms at the base 

by developing accordion-like wrinkles and recovers 

very little (Fig. 3). This is consistent with findings 

by Cao et al. [17] when compressing as grown CNT 

forests. This shows that thin ALD Al2O3 coatings do 

not modify the deformation behavior of CNT 

microstructures. Once the microstructure buckles 

and the load is removed, some plastic deformation is 

evident from both the load-displacement curve and 

the in situ SEM images. 

 

With 10nm Al2O3, the microstructure undergoes 

large elastic deformation resembling buckling of a 

cylindrical shell under axial compression, and 

recovers almost fully (Fig. 4). Global strains up to 

50% have been shown to recover almost fully. At 

this coating thickness, the spaces between individual 

CNTs are not yet fully filled (nominally 100nm 

distance between individual CNTs) but the outer 

shell is considerably reinforced, evidenced by the 

increase in stiffness. Once the local buckling occurs 

in the shell, the CNTs are strained, but do not snap, 

and the elastic energy stored in the CNTs is the 

driving force behind the recovery. Because the 

CNTs are not embedded in a rigid matrix and are 

arranged in a very tortuous manner, they will be able 

to slip past each other and straighten out according 

to the applied load, without failing catastrophically.  

 

The large hysteresis and recovery observed at this 

coating thickness can possibly be utilized in energy 

dissipation applications. Rotation at nodes has been 

attributed to large strain recoverability in hollow 

metallic microlattices [15] rather than the 

deformation of the struts themselves. In the case of 

CNT/Al2O3 microtrusses, the truss members 

themselves undergo extremely large deformation 

and full recovery. 

 

With 100nm Al2O3, the microstructures undergo 

brittle fracture and fail catastrophically (Fig. 5). At 

this coating thickness, the spaces between CNTs in 

the outer shell are almost completely filled, and the 

CNTs are cemented in their spatial positions relative 

to each other. This will dramatically increase the 

stiffness as the outer shell is now continuous and can 

support much more load. However, crevices 

between bundles of CNTs coated with ceramic still 

exist (as shown in Fig. 2d), and will serve as stress 

concentration points as the compressive load is 

applied. As the applied load increases, cracks 

develop between CNT bundles and the entire  

 

 
 

Fig. 3. In situ SEM compression testing snapshots 

of a) cylindrical CNT microstructure, b) CNT 

microtruss with 2nm Al2O3 coating. 
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structure barrels outward with fracture propagating 

parallel to the CNTs. As the load is further increased 

and the compressive load causes local buckling in 

each 'plank' of the barrel, the CNTs are not able to 

rearrange and bend or straighten out, therefore the 

individual 'plank' snaps at the weakest point. 

 

 

 

3.3 Stiffness and Energy Absorption  

Example load-displacement curves are shown in Fig. 

6 for microstructures and Fig. 7 for microtrusses. 

The microtruss stiffness was calculated by taking the 

slope of the unloading region of the compressive 

load-displacement curve, and normalizing by the 

total cross sectional area of the constituent members.  

 

 

 
 

Fig. 4. In situ SEM compression testing snapshots 

of a) cylindrical CNT microstructure, b) CNT 

microtruss with 10nm Al2O3 coating. 

 

 

 
 

Fig. 5. In situ SEM compression testing snapshots 

of a) cylindrical CNT microstructure, b) CNT 

microtruss with 100nm Al2O3 coating. 
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Fig. 6. Load-displacement curves of cylindrical 

CNT microstructures with various numbers of 

ALD Al2O3 coating cycles a) 20, b) 100, c) 

1000.  Insets show maximum compression in in 

situ SEM compression testing. 

 

 

 
 

 Fig. 7. Load-displacement curves of CNT 

microtrusses with various Al2O3 thicknesses: a) 

2nm, b) 10nm, c) 100nm.  Insets show maximum 

compression in in situ SEM compression testing. 
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The stiffnesses of the CNT microstructures and 

microtrusses with various coating thicknesses are 

plotted in Fig 8. Because only the center post is 

parallel to the direction of compression, some 

degradation of stiffness is expected when compared 

to the vertically straight microstructures. Also, as the 

contact surface between the indenter tip and the 

microtruss may not be perfectly flat, further 

lowering of the stiffness is expected. 

 

 

Due to the constituent CNT/Al2O3 members having 

large tunability of stiffness, the microtrusses made 

from these members also show a wide range of 

stiffness depending on the coating thicknesses only. 

Studies have shown that strut dimensions, density, 

and angle [8, 15] can be varied to tune the stiffness 

of a given microlattice. Even without such geometric 

tuning, the range of stiffness that we have achieved 

(10-2150MPa) is comparable to those shown in 

literature (710Pa-580MPa for Ni-based microlattices 

[15], 96-182MPa for photopolymer microlattices 

[8]). 

 

Cyclic loading and unloading of these microtrusses 

were performed to characterize the energy 

absorption capacity. The microtruss with 10nm 

coating thickness has high hysteresis due to its high 

recovery.  The specific damping capacity (SDC), , 

defined as the ratio of dissipated energy per cycle to 

the stored energy, for these microtrusses is 0.757.  

4. Conclusions 

We demonstrate that the stiffness of CNT 

microtrusses coated with ceramic can be tuned over 

a wide range comparable to those of previously 

reported metal/photopolymer based microlattices. 

The range of stiffness achieved for the CNT 

microtrusses is solely due to the mechanical 

reinforcement with ceramic coating. Further tuning 

of the microtruss stiffness can be expected if the 

truss member angles, dimensions and densities are 

also controlled. Moreover, we have shown that 

different ceramic coating thicknesses influence the 

deformation behavior of the struts themselves, from 

accordion-like buckles to elastic shell buckling to 

brittle fracture. In the future, addition, engineering 

of coatings and filling the voids with high loss 

polymer could achieve simultaneously high stiffness 

and damping in a laminated configuration. 
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Abstract 

The Progressive Fatigue Damage Model (PFDM) 

developed by Shokrieh and Lessard employs a 

simplified cumulative damage rule. This paper 

investigates the use of Miner’s rule and a novel 

Degraded Strength Based Model for cumulative 

damage.  

 

1 Introduction  

Finite element analysis (FEA) has been widely used 
in composite structure design. The incorporation of 

the prediction of fatigue life in FEA is a logical step 

in the development of a general fatigue model for 
the prediction of fatigue life/durability of 2D and 3D 

composite structures. Several research groups [1-3] 

have reported the development of FE based 

integrated fatigue design tool. However, there were 

very limited validations. Furthermore, none of the 

tools has been verified by a second party. 

 

Of the modeling strategies reported, the Progressive 

Fatigue Damage Model (PFDM), developed by 
Shokrieh and Lessard [1,4], promises to be the most 

architecturally independent for modeling laminated 

composite structures. Based on the classic laminate 
theory (CLT), the model uses the stiffness and 

strength degradation data generated with 

unidirectional (UD) composites to predict the 
property degradation in composite structures made 

of general laminates. The model parameters are 

available for a carbon/epoxy composite AS4/3501-6. 

 

To examine the ability of PFDM, the model has 

been implemented in ABAQUS through its user 

material subroutine – UMAT [5]. Fatigue 
experiments have been conducted with center holed 

specimens made of AS4/3501-6 laminates of 

different lay-ups. The digital image correlation 
(DIC) technique was used to monitor the surface 

strain evolution during fatigue experiment [6]. The 
predicted surface strain evolutions with fatigue 

cycles compared well with the DIC data in earlier 

cycles before DIC measurement was disabled due to 

surface damage. In the later stage, however, the 

predicted compliance increases deviated from the 

experimental results  [6]. We observed that while the 

PFDM provides a useful framework to model the 

gradual degradation of composite structures with 

arbitrary geometries and laminate lay-ups under 
fatigue loadings, it has a few key limitations: (1) it 

lacks a proper algorithm to account for the effect of 

fatigue damage accumulation on cycle life under 
variable amplitude loading conditions, i.e. a 

cumulative damage rule; and (2) it lacks the 

capability to model the delamination, an important 

fatigue damage mechanism in laminated composites.  

 

In the PFDM, the gradual degradation empirical 

rules were based on UD data which only considered 

constant stress cycles. The original PFDM lacked 

the capability of accounting for cumulative damage 
under fatigue loading with a variable amplitude.  

 

The CLT based failure prediction assumes that a 
lamina in a laminate would behave the same as it 

were a UD composite. This method was extended to 

fatigue failure prediction in PFDM. Fatigue damage 
processes in laminated composites have been 

investigated extensively. Reifsnider [7] has 

developed a diagram illustrating a 5-stage damage 

mode evolution during fatigue of laminated 

composites, in which the 3rd and 4th stages are 

dominated by delamination initiation and growth. 

The PFMD did not consider delamination or residual 
stresses, which significantly alter the initial stress 

state of the laminated composite.  
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This work looks to improve the PFDM by 

addressing the cumulative damage rule.  
 

2 Model Descriptions 

Figure 1 presents the flow chart of the PFDM model. 
The model is based on the progressive damage 

model for composite laminate with Hahsin Criteria.  

 

 

Fig.1 The Progressive Fatigue Damage Model 

(PFDM), developed by Shokrieh and Lessard [1,4] 

 

2.1 Failure Criteria 

For 3D composites, the following seven failure 

modes were considered: 

Mode I, Fiber Tension (FT) 

 

(1) 

 

Mode II, Fiber Compression (FC) 

 

(2) 

 

Mode III, Fiber-Matrix Shear-out (FMS) 

 

(3) 

 

Mode IV, Matrix Tension cracking (MT) 

 

 

(4) 

 

Mode V, Matrix Compression cracking (MC) 

 

(5) 

 

Mode VI, Normal Tension (NT) 

 

(6) 

 

Mode VII, Normal Compression (NC) 

 

(7) 

 

 

Table 1. Mechanical Properties of AS4/3501-6 

Static Material Constants 

Exx 1.47E+11 

Eyy 9.00E+09 

Ezz 9.00E+09 

Exy 5.00E+09 

Exz 5.00E+09 

Eyz 3.00E+09 

υxy 3.00E-01 

υxz 3.00E-01 

υyz 4.20E-01 

Xt 2.00E+09 

Xc 1.20E+09 

Yt 5.30E+07 

Yc 2.04E+08 

Zt 5.30E+07 

Zc 2.04E+08 

Sxy 1.37E+08 

Sxz 1.37E+08 

Syz 4.20E+07 
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In FE analysis, each element is examined against the 

failure criteria. If one of the seven criteria is met, the 
elastic property in that particular material direction 

will be degraded to 0.5% of its initial value. The 

element will be deleted if failure occurs in all 
directions. The mechanical properties of AS4/3501-

6 is provided in Table 1. 

 

2.2 Gradual Degradation 

With the results of the initial loading step, the stress 

amplitude σa, mean stress σm and stress ratio R of 

each element will be determined at each material 

direction. With these values, the fatigue life Nf for 

the element will be predicted for each direction from 

the master fatigue curve: 

[ ]
ln( )

log
ln (1 )( )

f

a f
u A B N

q c q
= = +

− +
  (8) 

where 
t

aa
σ
σ

= ,
t

mq
σ
σ

= , and 
t

cc
σ
σ

= , tσ is the 

tensile strength, cσ is the compressive strength of 

the composite, A and B are constants obtained by 
curve fitting of experimental data.  

  

 

Table 2  PFDM model parameters for AS4/3501-6 [1,4] 

  Residual Stiffness Parameters 
Residual Strength 

Parameters 

Fatigue Life 

Parameters 

  λ γ εf α β A B 

Longitudinal Tensile 14.57 0.3024 0.0136 10.03 0.473 

1.3689 0.1097 Longitudinal 

Compressive 
14.57 0.3024 0.0136 49.06 0.025 

Transverse Tensile 14.77 0.1155 0.0068 9.6287 0.1255 

0.999 0.096 Transverse 

Compressive 
14.77 0.1155 0.0068 67.36 0.0011 

In-Plane Shear 0.7 11 0.101 0.16 9.11 0.099 0.186 

Out-of-Plane Shear 0.7 11 0.101 0.2 12 0.299 0.111 

 

The analysis will then proceed with a predefined 

incremental number of cycles δn. The elastic moduli 

and strengths for the material volume of the element 

will be degraded according to the following 

empirical degradation rules: 

 

 

(9) 

 

 

(10) 

where α, β, γ, λ are obtained by curve fitting of 

experimental data. The values are given in Table 2.  

 

 

After the gradual degradation for all elements in 
every direction has completed, the stress analysis 

will be updated with the new material information. 

The element stress will be compared with the failure 
criteria with the degraded strength values. This 

process continues until the structure is failed 

catastrophically or the overall compliance degrades 

below a certain value.  

 

2.3 Load History Considerations 

The empirical degradation rules as implemented in 

the PFDM [6] utilized the predicted fatigue life and 

current number of fatigue cycles, n, to determine the 

degraded material properties. As shown in Figure 1, 
the PFDM will utilize the stresses determined the 

Stress Analysis step, and assuming no sudden  

failure, the material is degraded according to 

1
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equations (9) and (10) using the total number of 

cycles n, instead of δn. For a material point under 
constant stress for all n cycles, the above process 

(using the master fatigue curve and empirical 

degradation rules) are accurate in determining the 
material response. When modeling structural 

geometries that contain stress concentrations such as 

holes or notches, however, the progressive 

degradation and/or failure of elements around the 

feature will cause areas of increasing/decreasing 

stresses at local material points. Thus, it is 

imperative to investigate the means of incorporating 

the effects of load history. Numerous models have 

been developed in literature for predicting the 
response under variable amplitude loadings [10]. 

Two algorithms, one based on Palmgren-Miner’s 

linear degradation rule (Miner’s Rule) [11] and 

another novel scheme and implemented into the 

PFDM.  

  

2.4 Palmgren-Miner Implementation 

The Palmgren-Miner linear degradation rule, or 

Miner’s Rule, was one of the earliest developed 

damage accumulation models [12,13] and was 
chosen due to its simplicity. Miner’s Rule assumes 

the material accumulates damage according to a 

linear summation of the percentage of fatigue life 
(N) accumulated for a variety of i stress levels [11] 

 

                 (11) 

 

 

According to the relation, the material has reached 

its fatigue life when D has reached a critical value, 

assumed to be one. The implementation of Miner’s 

Rule into the PFDM essentially provides a means of 
incrementing through the gradual degradation 

routines even when changing the state of stress 

between FE increments. At the beginning of each 
step, the ratio of fatigue life is computed as a unique 

state variable for each material direction. The state 

variable N_XX_ratio, where XX dictates material 

direction, is used to determine the “effective” 

number of cycles experienced under the current state 

of stress: 

 

(12) 

 

where N_XX_ratio is updated at the beginning of 

each increment according to 
 

 

 
(13) 

 

The residual strength curve plotted in Figure 2 

shows an effective number of cycles achieved from 

the previous, n1_eff. The residual strength is now 

computed by advancing by δn along the residual 

strength curve. Thus, n in equations (9) and (10) is 

replaced by ni_eff + δni+1 for the next i+1 increment. 

 

 
Fig.2 Example of the transverse residual strength 

curves as a function of the normalized number of 

cycles for the AS4/3501-6 composite showing the 
“effective number of cycles computed for a previous 

stress state. 

 

2.5 Degraded Strength Based Model 

An alternative method is proposed that allows one to 

leverage the inherent benefits of the PFDM and the 
residual properties computed using the gradual 

degradation rules and is referred to as the Degraded 

Strength Based Model. Whereas the Miner’s Rule 

implementation computed the “effective” number of 

cycles according to the ratio of fatigue life 

encumbered in the previous step, this method will 

determine the “effective” number of cycles by 

enforcing continuity of the residual strengths across 

cycles of varying stress levels. By solving equation 

(10) for n and setting R
d
 equal to the value at the end 

of the previous increment, the “effective” number of 

cycles converted to the current stress space is 

computed: 
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(14) 

 

In this method, no additional state variables are 

required, since the residual strength from the 

previous increment is already stored in the PFDM 

and is all that is required in equation (14). Note that 

although continuity is constrained with respect to the 

residual strength, continuity with respect to the 
moduli is not preserved. Thus, the predicted stiffness 

at the end of ni cycles may not be equivalent to the 

stiffness predicted at ni_eff cycles. The choice of 

enforcing strengths was chosen arbitrarily and will 

be under consideration in future works. Similar to 

the Palmgren-Miner implementation, n in equations 

(9) and (10) is replaced by ni_eff + δni+1 for the next 
i+1 increment 

 

3 Results and Discussion  

The effects of accounting for load history by 

utilizing the two methods discussed previously are 

explored here numerically. Future experimental 
work is currently under development to validate the 

model. A single cubic element, C3D8, is used as a 

verification of the Palmgren-Miner and Degraded 

Strength Based Model. Two states of uniaxial stress 

are utilized to compare the two methodologies 

against the original PFDM. The first is uniaxial 

tension in the matrix, or transverse, direction. Two 

sets of load blocks are explored, one with increasing 

stress and another with decreasing stress. A total of 
100,000 cycles are applied with load blocks 

changing every 20,000 cycles. The percentage of 

ultimate tensile strength (UTS) of the material used 
in the tensile loading are listed in the figure 

descriptions. 

Figure 3 presents the results for the residual 

transverse tensile strength of a single integration 

point in the C3D8 element as a result of uniaxial 

transverse tension. As expected, the PFDM 

(Original) under-predicts the number of cycles to 

failure in comparison to the two other 

methodologies. Before fatigue failure, however, the 

residual strengths surprisingly do not vary between 

all three curves. The first result, premature failure in 
the PFDM, was expected, since the empirical 

degradation routines are utilizing the total number of 

cycles, rather than an effective number of cycles 
when stepping through increments. It should be 

noted that based on the last load cycle, the DSBM 

model still had 30,000 cycles remaining before 

reaching fatigue failure, while the PFDM had 

already reached failure prior to the stop time of 

100,000 cycles. 

 

 

Fig.3 Residual strength curves for transverse tension 

of the single element verification for increasing 

stress load blocks (43% to 60% UTS) 

 

Fig.4 Residual stiffness curves for transverse tension 

of the single element verification for increasing 

stress load blocks (43% to 60% UTS) 

 

Figure 4 presents the results from the transverse 
residual stiffness curves. The Miner’s Rule 

implementation under-predicted the degradation of 

the transverse tensile modulus, whereas both the 
original PFDM and DSBM had similar degradation 

curves prior to the premature failure of the PFDM. 
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Fig.5 Residual strength curves for transverse tension 

of the single element verification for decreasing 

stress load blocks (56% to 28% UTS) 

For the case of decreasing stress load blocks shown 

in Figures 5 and 6, the Miner’s Rule implementation 
was found to have pronounced degradation not seen 

in that of the PFDM and SBDM. This was the case 

for both the residual stiffness and residual strength. 
The discrepancy was found to be due to the lack of 

continuity in stiffness and/or strength across the load 

blocks, which caused the Miner’s Rule to move 

further along the degradation curves. 

 

Fig.6 Residual stiffness curves for transverse tension 

of the single element verification for decreasing 

stress load blocks (56% to 28% UTS) 

The results for the single element test under 1-2 

shear loading for increasing load blocks is shown in 

Figures 7 and 8. Due to the differences between the 
transverse tensile degradation curves and the 1-2 

shear degradation curves, the trends observed in the 

material degradation from Figures 3 and 4 no longer 

hold. For example, the Miner’s rule implementation 

now over-predicts the material degradation in both 

residual strength and residual stiffness. Similar to 

the results from the transverse tensile cases, the 

original PFDM reached levels of critical 

stiffness/strength degradation sooner than the 
DSMB. Again, this phenomenon is attributed to the 

degradation of the  

 

Fig.7 Residual strength curves for 1-2 shear of the 

single element verification for increasing stress load 

blocks (33% to 48% UTS) 

 

 

Fig.8 Residual stiffness curves for 1-2 shear of the 

single element verification for increasing stress load 
blocks (33% to 48% UTS) 

 

The results from the 1-2 shear loading on the single 
element for decreasing load blocks highlighted very 

little differences across all three cases, shown in 

Figures 9 and 10. Although the Miner’s Rule 

implementation tended to predict additional damage 

in the last stages of the loading, the absence of 

differences between the three implementations is 
hypothesized to be resulting from the shear 

degradation rules being less sensitive with respect to 

decreasing load blocks than the transverse tensile 
direction. 
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Fig.9 Residual strength curves for 1-2 shear of the 

single element verification for decreasing stress load 

blocks (52% to 26% UTS) 

 

 

Fig.10 Residual stiffness curves for 1-2 shear of the 

single element verification for decreasing stress load 

blocks (52% to 26% UTS) 

 

4 Conclusion 

The results from the single element verification have 
found that the material degradation obtained from 

the PFDM corresponded well to that of the DSBM 

which considers load history. The PFDM, however, 

would tend to under-predict fatigue life in the case 

of increasing material point stresses with increasing 

cycles. The Miner’s Rule implementation was found 
to either under-predict or over-predict the material 

degradation depending on the shape on the 

degradation curves (which vary across between 
material directions). For low cycle fatigue, which 

may fail from material stresses reaching the sudden 

failure criterion, the PFDM as implemented may be 
adequate for full coupon testing including stress 

concentrations. For high cycle fatigue, which will 

induce fatigue failure (reaching N) at a material 

point), the PFDM will tend to cause pre-mature 

fatigue failure. The Strength Based Degradation 
Model showed promise for the case of increasing 

material stresses during the fatigue cycling, while 

the effects are more pronounced in certain material 
directions than other.  

The resulting changes to the PFDM will better allow 

for finer incrementation in the FE fatigue analysis, 

without introducing the effects of low-high local 

load cycles due to present stress concentrations in 

the structural geometry. Future work will hope to 

validate the improvements through the use of 

experimental fatigue testing, under a variety of 

variable amplitude fatigue loading for the 
AS4/3501-6 composite. Additionally, delamination 

modeling and residual stress considerations are 

currently underway. 
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1. Introduction  

Carbon nanotubes (CNTs) have been incorporated in 

composites to increase strength, stiffness, damping, 

and electrical and thermal conductivities [1-3]. 

However, most commercial CNT nanocomposites 

have CNTs arranged in random orientations. In 

recent research, aligned CNTs have been integrated 

into fiber composites via lamination [4] or direct 

growth of CNTs on fibers [5], and have shown 

promising enhancements in interlaminar toughness 

[4, 5], and electrical and thermal conductivities [6].  

 

In traditional laminated composites, the use of low-

density sandwich layers such as honeycombs 

structures can achieve high bending stiffness and 

strength at low density, and enable energy 

absorption by plastic deformation of the honeycomb 

cells. For example, fiber reinforced plastic (FRP) 

honeycombs have been used for highway bridge 

decks [7], and aramid honeycomb structures have 

also been used for constrained layer damping in 

helicopter blades [8]. It has also been shown 

theoretically that honeycomb cores in sandwich 

beams exhibit better vibration and acoustic damping 

characteristics when compared to square cores [9]. 

 

Nevertheless, most cellular interlayers are made 

from bulk metals or engineered fibers.  Micro-

patterning of vertically aligned CNTs offers 

potential to explore design of CNT forests as 

sandwich layers.  In this paper we combine the 

concept of CNT nanocomposites with the 

honeycomb geometry, and demonstrate the 

construction of a laminate core comprising a 

polymer-infiltrated perforated CNT forest. 

Exemplary CNT core laminates comprising thin 

metal face sheets are fabricated, and the stiffness and 

damping properties of the laminates in bending are 

presented. 

 

2. Laminate Fabrication 

2.1 Perforated Core Design  

A perforated CNT forest was designed with 20 μm 

diameter holes that are hexagonally arranged with a 

center-to-center distance of 25 μm. This design 

ensured that there will be thorough infiltration of 

Al2O3 into the CNT forest when subjected to Atomic 

Layer Deposition (ALD), enabling mechanical 

reinforcement of the soft CNT forest.  Our previous 

work showed that there is a finite penetration depth 

(approximately 5 μm) of ALD Al2O3 into CNT 

forests using normal ALD cycle parameters. 

2.2 Catalyst Patterning and CNT Growth  

The honeycomb CNT catalyst pattern was defined 

on a Silicon wafer by photolithography using a 

photoresist (SPR220 3.0). The CNT catalyst (10 nm 

Al2O3/1 nm Fe) was then deposited via sputtering. 

The wafer was diced to 20mm by 20mm squares 

using a dicing saw and the wafer pieces were 

subjected to a lift off procedure to prepare them for 

CNT growth. The lift off procedure consisted of 

ultrasonication in acetone for 8 minutes twice then 

rinsing with isopropanol, then blow- drying with 

nitrogen.  

 

The CNT forests were grown via thermal chemical 

vapor deposition (CVD) in a hot walled quartz tube 

furnace. The patterned catalyst on a Si substrate is 
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placed in the quartz tube and annealed for 10 

minutes at 775 °C while flowing 100 sccm of H2 and 

400 sccm of He. C2H4 is used as the carbon source 

and 100 sccm is added to the total flow after the 

annealing step to facilitate CNT growth. The growth 

was stopped once the CNT forest has reached 

desired height. The height of CNT forests used in 

this study is approximately 100μm. An SEM image 

of the perforated CNT layer is shown in Fig. 1.  

2.3 Mechanical Reinforcement 

As-grown CNT forests have low areal density 

(defined as the number of CNTs per unit area) close 

to 100 CNTs/μm
2
. The Young’s modulus of as-

grown forests in compression is approximately 10 

MPa and is governed by the bending of individual 

CNTs due to their low aspect ratio. In order to 

increase the stiffness of the CNT forest, the CNTs 

were reinforced with Al2O3. Atomic Layer 

Deposition (ALD) is used to create a conformal 

coating of Al2O3 on the CNTs within the perforated 

forest microstructures. Each cycle of ALD deposits 

approximately 1.2 Å  of Al2O3.  The perforated CNT 

forests with various thicknesses of Al2O3 coatings 

are shown in Fig. 2. The number of cycles of ALD 

used in this study are 0, 20, 100, 400, 700 and 1000. 

2.4 Polymer Infiltration and Lamination 

Once the CNT forests were reinforced with Al2O3, 

the remaining spaces in the CNT forest were filled 

with polymer (e.g., polyurethane, PU). The polymer 

was drop-casted onto the CNT forest, and then the 

solvent was evaporated on a hotplate at 100°C for 8 

hours. The resulting film cross-sections are shown in 

Fig 3. For the CNT forests with less than 100 cycles 

of ALD reinforcement, the CNT forest undergoes 

 

 
 

Fig. 1. SEM image of a perforated CNT forest 

 

 

 
 

Fig. 2. Al2O3 reinforced perforated CNT forests with insets showing close ups. Number of ALD cycle: a) 0 

cycle, b) 20 cycles, c) 100 cycles, d) 400 cycles, e) 700 cycles, and f) 1000 cycles 
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elastocapillary aggregation upon drop casting of PU 

due to the surface tension of the solvent in the PU 

solution. The walls of perforated CNT forests 

become thinner and bend/collapse from the vertical 

axis (Fig. 3a, 3b). 

 

The resulting composite film is molded by applying 

heat and pressure to flatten the surface and squeeze 

out excess polymer. The hot-pressed film is 

delaminated by cracking the silicon substrate and 

carefully peeling away to create a freestanding 

nanocomposite film. The step-by-step illustration of 

composite film molding and delamination, and its 

effect is shown in Fig 4.  

 

Last, the laminates were fabricated by stacking two 

stainless steel (Type 302) sheets and a freestanding 

nanocomposite film. The laminates were fixed 

together by heat pressing at 100 °C with the pressure 

of 0.5 MPa for 8 hours. Although 0.1 mm thick steel 

sheets and composite films were used to create the 

laminate, final laminate thicknesses are 

approximately 0.4 mm compared to the expected 0.3 

mm, suggesting there are some manufacturing 

defects such as air pockets, excess PU layer and 

slight curvature in the layers. 

 

3. Laminate Properties 

3.1 Measurement 

The CNT/Al2O3/PU composite core laminates were 

characterized by a Dynamic Mechanical Analyzer 

(TA Instruments RSAIII) using a three point 

bending fixture. The distance between the supports 

was 10mm. For static flexural testing, the loading 

rate was 0.001 mm/sec, and for the Dynamic 

Mechanical Analysis (DMA) the range of 

frequencies used was 0.1-10Hz with the flexural 

strain amplitude of 0.02%. 

3.2 Bending Stiffness 

Analogous to Young's modulus, the flexural 

modulus, Ef,  can be calculated by taking the ratio of 

the flexural stress, σf,, and the flexural strain, εf. The 

flexural stress and strain can be obtained from the 

results and parameters of the flexural test as the 

following expressions (for beams with rectangular 

cross sections): 

 

 

 
 

Fig. 3. Cross sections of Al2O3 reinforced perforated CNT forests after drop-casting PU. Number of ALD 

cycles: a) 0 cycle, b) 20 cycles, c) 100 cycles, d) 400 cycles, e) 700 cycles, and f) 1000 cycles 
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Fig. 4. a) Fabrication of freestanding 

nanocomposite film b) SEM image showing the 

cross section of a nanocomposite film with 

embedded CNT micropillars before and after 

applying heat and pressure to flatten the top 

surface. 

 

 

 
 

Fig. 5. Flexural stress-strain curves of the 

fabricated laminates. Number of ALD cycles in 

the composite film damping layer: a) 0 cycle, b) 

400 cycles, and c) 1000 cycles 
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  (eq.1) 

   
   

  
 

   (eq.2) 

 

where F is the applied load, L is the distance 

between the supports, w is the width of the beam, t is 

the thickness of the beam and d is the displacement 

at the center of the beam. The flexural stress-strain 

curves of the laminates are shown in Fig 5 and the 

measured flexural modulus values are summarized 

in Table 1. 

 

The flexural moduli of the fabricated laminates are 

comparable to that of the steel sheet with the same 

dimensions. Some degradation of the flexural 

modulus relative to the pure steel plates is expected, 

as the CNT/Al2O3/PU composite film is significantly 

softer than steel. Variations in the flexural moduli 

across different laminates are attributed to 

imperfections in lamination process and geometry of 

the layers (shearing of the steel sheets introducing 

some curvature). The hysteresis in the stress-strain 

curves increases as the number of ALD cycle 

increases suggesting that more energy is being 

dissipated with laminates with thicker Al2O3 coating 

in the core. 

 

3.3 Dynamic Mechanical Analysis 

DMA was performed in the three point bending 

configuration to characterize the damping properties 

of the laminates. A steel plate with the same 

dimensions was also tested to serve as a baseline for 

comparison. Fig. 6. summarizes the dynamic 

mechanical properties (averaged over the tested 

frequency range, 0.1-10Hz) of the laminates and 

compares them against those of a steel plate with 

same dimensions. The loss factors of the laminates 

are considerably higher than that of pure steel sheet, 

and the loss factor increases as the number of ALD 

cycles applied to the core increases. As the CNT 

forest core gets stiffer (as a result of the greater 

number of cycles of ALD) the shear in the PU 

matrix will be greater in magnitude since the strain 

in PU matrix will account for more of the strain 

caused by bending. 

 

In order to design a laminate with desired damping 

characteristics, being able to predict the damping 

characteristics is essential. Analysis of constrained 

layer damping was first presented by Kerwin [10] 

and  since then, many other models were developed 

[11]. We have used Kerwin's model to provide a 

quick validation of experimentally obtained values 

of damping of fabricated laminates. Kerwin's 

approach states that the loss factor of plates and 

beams with constrained layer damping is described 

by the following equation: 

where   is the loss factor of the beam/plate,   is the 

imaginary component of the complex shear modulus 

 

 
 

      
   

   
  
  

            

    
      

   
   

  
  

         

   
  
  

        
     

  
  

         
 

 

 

 

                    (eq.3) 

 

Laminate Configuration 

(No. of ALD cycles) 

Flexural Modulus  

(Ef, GPa) 

Steel 5.89 

CNT/PU 6.39 

CNT/Al2O3/PU (20) 7.69 

CNT/Al2O3/PU (100) 5.65 

CNT/Al2O3/PU (400) 4.90 

CNT/Al2O3/PU (700) 4.74 

CNT/Al2O3/PU (1000) 5.69 

Table 1. Flexural Moduli of fabricated laminates 

and steel sheet of same dimensions. 
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of the constrained layer,     is the distance between 

the mid-planes of constraining layer and damped 

layer,    is the thickness of the constraining layer, 

     are the stretching stiffness (        )   of 

constraining and damped layers, and   is the 

dimensionless shear parameter. The dimensionless 

shear parameter, g, is described by the following 

expression: 

 

      
        

(eq.4) 

 

where G is the real component in the complex shear 

modulus,    is the wave number of the bending 

waves, and    is the thickness of the constrained 

damping layer. 

 

If we consider a 3 layer laminate with PU damping 

layer, using G = 8.6 MPa and β=0.5 (from previous 

characterization of PU film), the loss factor is 

calculated to be 0.093 by Kerwin's model. Assuming 

addition of perforated CNT forest does not change 

the shear modulus of PU film significantly, the 

calculated value of loss factor is consistent with the 

experimentally obtained value of 0.089 for the 

laminate with 0 cycles of ALD reinforcement. 

 

Kerwin's model shows that the damping 

characteristics of constrained layer damped system 

depend largely on the geometry of the layers as well 

as the properties of the constituent materials. 

Previously conducted theoretical studies report loss 

factors of 0.07-0.10 for 100% coverage of a 

damping patch on a cylindrical shell [12], and 0.01 

 

 
 

Fig. 6. DMA results of fabricated laminates versus number of ALD Al2O3 cycles for the perforated CNT 

core (averaged across the frequency range tested). The dashed lines are DMA results for a steel sheet having 

the same dimensions as the laminates. 
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for a three-layer steel-rubber-steel sandwich beam 

[13]. The loss factors obtained in this study (0.09 - 

0.13) compare favorably to these results. 

 

4. Conclusions 

We have successfully fabricated a sandwich 

laminate consisting of steel face sheets and Al2O3 

reinforced CNT forest core, with the voids filled 

with PU. To ensure good contact between the core 

and the face sheets for good load transfer, the PU 

filling was molded to be flat and rid of excess PU 

layer on top beyond the top of the CNT forest.  

Three point bending flexural tests and DMA were 

performed to measure the mechanical properties of 

the fabricated laminates in bending.  We have 

demonstrated an increase in loss factor without 

degradation in bending stiffness over pure steel 

plates, and the loss factor increases with increasing 

number of ALD cycles applied to the CNT core. 
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1. Introduction 

Among active materials, paraffin wax is 

attractive for use in actuator devices due to its large 

stroke high and simultaneous large stress output [1], 

high energy density [2, 3], and, depending on its 

thermal mass, relatively fast actuation.  For example, 

at 150°C paraffin expands 20% under 200MPa of 

stress [2] and has an energy density similar to that of 

shape memory alloys.   

Paraffin wax has previously been used in 

microscale pumps [4], valves [5], and actuators [6]; 

however, miniaturizing these designs requires 

multiple soft lithography steps to fabricate the 

necessary sealed microfluidic channels, reservoirs, 

and heaters to build the actuation system.  The 

complexity of integration of paraffin microactuators 

has perhaps prevented their wider adoption as 

elements of micro-scale active material systems.   

Moreover, it is challenging to integrate paraffin 

as an actuator because confinement of the paraffin is 

necessary to extract its volume change into useful 

and directed motion.  Recently, Lima et al. confined 

paraffin wax inside carbon nanotube (CNT) yarns.  

The strong wetting of CNTs by paraffin prevented it 

from leaking out of the CNT network upon heating, 

instead causing the CNT yarn to expand radially.  

The yarn's twisted configuration coupled the radial 

expansion to a 8% contraction in length [7].   

However, to our knowledge, micro-scale 

actuation using CNT-paraffin composites has not 

been explored.  We previously showed that the 

interaction between anisotropic mechanical 

properties of CNT forest microstructures and an 

isotropic active polymer such as a hydrogel can 

enable anisotropic motion upon water exposure [8].  

Here we demonstrate a high-stroke film actuator 

using paraffin-infiltrated aligned CNT “forests”, 

which are pre-compressed to enable expansion of 

paraffin to cause directed expansion of the 

nanocomposite film.  The CNT-paraffin films 

expand reversibly by 20% in the vertical direction 

upon heating to 175°C, and this performance is 

repeatable over several cycles.   

 

2. Fabrication 

First, CNT forests were grown using chemical 

vapor deposition (CVD) from a thin film catalyst 

(1nm Fe supported on 10nm Al2O3) deposited by 

sputtering on a SiO2/Si wafer.  The catalyst-coated 

substrate was annealed in a 400:100 sccm H2:He gas 

mixture at 775°C for 20 minutes, and then exposed 

to a 400:100:100 sccm H2:He:C2H4 mixture for 2-3 

minutes for CNT growth.  Rapid cooling of the CNT 

forest in the growth atmosphere is crucial for strong 

adhesion to the substrate, which prevents the 

detachment of the film the substrate during 

subsequent processing.   

Schematics of the fabrication process along with 

the experimental setup used for both sample 

fabrication and mechanical characterization are 

shown in Fig. 1.  To fabricate a CNT-paraffin film, a 

CNT forest (attached to the growth substrate) was 

placed on a hot plate at 100°C and compressed by a 

desired amount (typically 10-50% of the initial 

height) using a vertical precision actuator.  While 

maintaining this temperature, molten paraffin wax 

was added to the silicon substrate, and promptly 

wicked into the CNT forest, which was constrained 

from expanding vertically upon infiltration.  

Constant load was applied during cooling.  Last, the 

sample was placed on a spin coater and exposed to 

75mW/cm
2
 of ultra violet (UV) light for 35 seconds 

prior to spin coating.  Excess paraffin was then spun 

away at 3000 rpm for 30 seconds while the UV light 

was maintained.  The light is absorbed by the CNTs 

and 
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Fig. 1. CNT-paraffin thin film fabrication process.  (a) CNT forest compression is performed using a stage with 

displacement PID control.  (b) Molten wax is poured and rapidly wicks in the CNT forest.  (c) Spin coating is done under 

UV to remove excess wax from composite. 

 

converted to heat, causing melting of the paraffin 

prior to and during spin coating.   

All sample fabrication and indentation 

experiments were performed using a single axis 

precision actuator with both PID position and load 

control, which is driven using a voice coil actuator.  

The motion was measured using a linear optical 

encoder, while the load was measured using a S-

beam load cell (Futek).   

 

3. Results and discussion 

Fig. 2a shows a mirrored optical image of the 

CNT-paraffin actuator side view at 25°C and 

extended by 17% at 150°C.  The CNT-paraffin 

actuators were tested by optically monitoring the 

position of the top surface during heating.  Three 

consecutive cycles of a CNT-paraffin actuator under 

no load are shown in Fig. 2b.  The thermal strain 

increases rapidly after the paraffin melts, and then 

increases linearly as the wax undergoes linear 

thermal expansion after melting.  The expected 

melting point for the paraffin used in these samples 

is 53-57°C.  Some thermal expansion is also 

observed before the onset of melting.  There is good 

agreement between the thermally generated strain 

over the three cycles with the exception of the initial 

heating.   

The isotropic thermal expansion of the paraffin 

combined with the anisotropic CNT mechanical 

properties results in anisotropic thermal expansion 

along the film thickness.  At elevated temperatures, 

the strong surface energy of the molten paraffin wax 

prevents it from flowing out of the CNT forest and 

instead the pressure of the molten wax does work 

against the stiffness of the forest, causing the 

material to expand.  Strong adhesion between the 

CNT forest and its substrate prevents the forest from 

expanding laterally and from shearing from its 

support substrate.  As a result, the motion of the 

actuator, powered by the volumetric expansion of 

the melting paraffin wax, is restricted to an 

extension along the CNTs.   
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Fig. 2. (a) Mirrored images of actuator cross section at 

25°C (left) and at 150°C (right), showing a strain of 17%.  

(b) Thermal strain of CNT-paraffin actuator versus 

temperature, for three identical sequential heat-cool 

cycles.   

 

Scanning electron microscope (SEM) images of 

a CNT forest crushed to 50% of its original height 

before paraffin infiltration are shown in Fig. 3a and 

Fig. 3b (close-up).  The characteristic wavelike 

buckling of vertically compressed CNTs near the 

substrate is observed, as previously shown by Cao et 

al. [9] and others.  However, unlike Cao et al. the 

buckling in the base of the forest is not recovered 

when the load is removed, because the induced 

elastic deformation energy is overcome by the van 

der Walls forces between additional CNT contacts 

created during compression of the forest.   

The forest expands vertically during infiltration, 

as shown in Fig. 3c.  Fig. 3d shows a SEM image 

close-up of a previously buckled region significantly 

expanded in height after infiltration.  We see 

paraffin has fully infiltrated, due to the contrast and 

charging of the SEM image.  Forests that are 

allowed to expand during paraffin infiltration 

develop large cracks on their top surface upon 

cooling after spin coating instead of undergoing a 

retraction in height.  The crack formation is caused 

by local capillary aggregation of CNTs as the excess 

paraffin is spun out of the forest.  During heating, 

cracked actuators do not have significant vertical 

strain, instead the cracks were observed to shrink.  

Forests that were restrained during infiltration have 

significantly less paraffin content prior to spin-

coating and do not crack upon subsequent cooling.  

Only forests that were constrained vertically during 

infiltration result in functional actuators.   

The dependence of the thermally generated 

strain on the amount of forest compression 

before/during paraffin infiltration is shown in Fig. 

4a.  All of these CNT-paraffin actuators were tested 

by applying a constant load while in contact with the 

top surface and then heating.  The thermal strain 

curves of both samples can be considered to have 

three regions: (1) low thermal strain below the 

melting point, (2) rapid expansion during melting, 

and (3) further expansion driven by the increased 

pressure of the molten paraffin wax.  As previously 

mentioned, forests not constrained during infiltration 

do not extend vertically upon heating. A larger forest 

compression results in larger thermally generated 

strain, but a smaller overall linear extension.  The 

thermal strain curve for the forest compressed by 

10% deviates significantly from the linear thermal 

expansion of pure paraffin and that of other shown 

actuators at elevated temperatures.  This is due to the 

forest reaching full recovery to its pre-compressed 

height at about 150°C.  

Thermal strain curves for a sample under 

constant load are shown in Fig 4b.  Maximum 

strains of 19% and 12% are reached at 120°C under 

0.1kPa and 1.0kPa respectively.  Surprisingly, the 

strains reached under load surpass those reached in 

the no load condition.  We hypothesize this is due to 

run-to-run variation in the density of CNT forests 

[10], which influences their mechanical properties 

and therefore influences the actuator performance.  

We expect an increase in density to correspond to a 

larger actuator stiffness at the expense of lowered 

maximum strain. 

The actuators tested under constant load as low 

as 0.1 kPa exhibit a much more gradual expansion 

after the wax melting point, as compared to the 

actuator under no load.  Actuators under load exhibit 

a slower and smaller thermal expansion before the
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Fig. 3. SEM image of crushed forest (a) and close up of buckled region (b).  SEM image of CNT-paraffin composite (c), 

which was not constrained during infiltration and close up of buckled region (d).   

 

wax melting point and a larger expansion 

afterwards.  This is further evident in the thermal 

strain curve under 1kPa of pressure.  Under these 

conditions the actuator expands linearly up to 45°C, 

then begins to retract until 58°C, and finally 

collapses rapidly to zero strain.  This behavior is 

explained by a rapid reduction in stiffness at 60°C 

once the wax is completely melted.  The expansion 

after this is solely due to the pressure inside the wax 

increasing.  Our measurements of the CNT-paraffin 

actuators show similar characteristics as the standard 

pressure-volume-temperature data for paraffin wax 

having similar molecular weight [2] to that used in 

our experiments (Fig. 4c).  Because our actuator 

geometry couples the volumetric expansion of 

paraffin wax to a linear expansion in film thickness, 

the thermally generated strain of CNT-paraffin 

composite films can be directly compared to the 

volume change from the standard pressure-volume-

temperature data. 
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Fig. 2. (a) Comparison of the impact of pre-infiltration 

forest compression to the thermally generated strain.  (b) 

Thermally generated strain under constant load for a 

CNT-paraffin actuator compressed by 50% prior to 

infiltration.  (c) Standard pressure-volume-temperature 

curve for a similar pure paraffin taken from [2]. 

4. Conclusion 

We have fabricated and tested CNT-paraffin 

film actuators, exhibiting up to 20% thermal strain at 

175°C.  This high-stroke vertical actuation is 

enabled by strong capillary interaction between 

paraffin and CNTs, and engineering of the vertical 

compliance by compression of the CNT forest prior 

to and during paraffin infiltration.  We propose two 

mechanistic regimes of the CNT-paraffin actuator: a 

high stiffness, low strain mode below the melting 

point and a low stiffness, high strain mode above the 

melting point.   
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Abstract 

The purpose of this study was to investigate the 

knitting techniques in order to increase the 

mechanical properties of biaxial weft knitted 

composites. Five different types of knitting 

specimens (normal plain knitting, interlock, tuck, 

tuck-miss and interlock2) were fabricated and 

finalized on the compression molding machine. 
After production of composite panels, three-point 

bending impact tests were conducted on specimens.  
Relationship of the total absorbed energy from three-

point bending test and from three-point bending 

impact test was studied and relationship between 

energy after maximum load and volume fractions of 

composites was also investigated. Further, the 

fracture behaviours of specimens were studied and 

fracture aspects supported the three-point bending 

impact test results. Volume fraction of weft fibers of 

interlock2 was the highest and length of straight part 

of loop shape was the longest in the interlock2 

compared to other four types of specimens. Because 

of the higher volume fraction and the longer length 

of the straight part of the loop shape of the 

interlock2, composites with biaxial weft knitting 

preforms consisting of knitting type of interlock2 

had higher three-point bending impact properties 

than those other four types (plain, interlock, tuck and 

tuck-miss) of composite structures. 

 

1 Introduction   

Knitted fabrics are constructed by loops which can 

extend easily and slide which generates a higher 

degree of deformability in comparison with other 

types of reinforcements. Weft knitted fabrics offer 

great possibilities of near-net-shape structures, by 

this way manual work can be reduced [1]. Due to the 

cost-effective manufacture offered by knitting 

technology, the using of knitting with advanced 

fibers, such as glass and aramid, to produce near-

net-shape preforms has in recent years received 

increasing interest [2].   

Knitted composites are generally considered to have 

inferior mechanical properties due to their highly 

looped structure and low fibre volume fraction. 

However, the attractive properties, such as those 

requiring high energy absorption, or in cases where 

the component is complex in shape and demands 

exceptional formability, can be achieved by using 

knitted composites [3]. In order to improve the 

mechanical properties, such as strength and stiffness, 

of weft knitted fabric, straight yarns both in weft and 

warp directions can be integrated. These types of 

reinforcements are called biaxial weft knitted 

(hereinafter referred to as “BWK”) structures. Weft 

and warp yarn layers are held together by a stitching 

yarn system in BWK fabrics. Reinforcing yarns, e.g. 

glass or aramid fibers, can be used within all yarn 

systems [4]. 

Nowadays, thermoplastic composites are being used 

in various industries such as automotive, wind 

turbines etc. The most important advantages of 

thermoplastics are their potential for rapid, low-cost 

and mass production of reinforced composites. On 

the other hand thermoplastic composites have very 

high viscosity (usually 500-5000 Pa s) which makes 

the processing of thermoplastic matrix composites 

be difficult. Therefore some techniques, such as 

commingled yarn, were developed in order to 

improve process ability of thermoplastic composites. 

The matrix fiber will be mixed with reinforcing fiber 

in commingled yarn technique and this technique 

was proven to be a cost-effective method for 

processing of thermoplastic composites [5-6]. 
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Therefore, the commingled yarn technique was 

chosen in order to fabricate the BWK preforms. 

Some research has been done to find out 

consolidation quality of GF/PP commingled yarn 

based composites [7-8]. 

Knitted fabric reinforced thermoplastic composites 

with commingled fibers were studied by some 

researchers [9-10]. Tensile, three-point bending and 

impact properties of textile-inserted PP/PP knitted 

composites using injection–compression molding 

were reported by Khondker et al. [11]. 

The impact properties of weft knitted fabric 

reinforced composites were investigated by several 

researchers [12-15]. In comparison with composites 

manufactured from a single layer of fabric, knitted 

composites with an increased number of fabric 

layers demonstrated improved impact damage 

resistance and fracture toughness [16-18].  

The bending and impact properties of BWK 

thermoset composites were reported by Demircan et 

al. [19]. This study showed that fabric became more 

shock-absorbent using stronger reinforcing yarn for 

knitting. Impact properties of three-dimensional 

BWK composites both numerically and 

experimentally were studied by Li et al. [20]. They 

pointed out that energy absorption increases with the 

increase of impact velocity. Gude et al. [21] studied 

hybrid three-dimensional BWK reinforced 

composites for impact applications. They compared 

impact properties of composites with BWK 

preforms consisting of different fiber combinations, 

such as glass-glass-glass, glass-glass-aramid and 

glass-glass-polyethylene.  

In the literature, contributions about the mechanical 

properties of knitted composites were reported, 

which were explained above. However, only a few 

numbers of contributions were made about the 

impact properties of BWK composites with various 

knitting combinations. Because, the fabrication 

method of biaxial weft knitted fabrics are 

comparatively very new compare to traditional 

knitting fabrics, it is very necessary to characterize 

the mechanical properties of composites with BWK 

fabric and with different knitting techniques. The 

present study investigates the three-point bending 

impact properties of BWK composites. The obtained 

results of the three-point bending impact tests can be 

used to design of new textile preforms during 

development of different composite materials.  

2 Experimental Procedures 

2.1 Composites Constituents 

Schematic drawing of BWK fabric is shown in Fig. 

1a-d. Fig. 1a depicts stitch yarns in traditional 

knitted fabric. The knitted fabric with weft yarn is 

shown in Fig. 1b. And Fig. 1c-d shows biaxial weft 

knitted fabric with warp, weft and stitch yarns. In 

our experiments, the biaxial weft knitted fabrics 

were used as reinforcements in the composites. In 

the BWK fabric, glass fiber/polypropylene (GF/PP) 

commingled yarns were used as warp (410 TEX), 

weft (410 TEX) and stitch yarns (138 TEX). 
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Fig.1. Schematic drawings of a) knitting fiber, 

b) knitting+weft fiber, c)&d) biaxal weft knitted 

(BWK) fabric 

 

ICCM19 252



 

3  

EFFECT OF VARIOUS KNITTING TYPES ON IMPACT PROPERTIES 

OF TEXTILE COMPOSITES 

 

Five kinds of the BWK fabrics with various knitting 

structures were made on a flat-bed knitting machine 

(SHIMA SEIKI MFG., LTD., Japan). Fig. 2a-e 

shows the schematic drawings and photographs of 

the BWK fabrics (normal plain knitting, interlock, 

tuck, tuck-miss and interlock2). 
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Fig.2. Schematic drawing and photograph of BWK 

fabric a) plain, b) interlock, c) tuck, d) tuck-miss, 

e) interlock2, A=warp, B=weft, C=stitch 

Plain knitting is a basic knitting stitch in which each 

loop is drawn through other loops to the right side of 

the fabric (Fig. 2a). 

A tuck stitch is composed of a held loop, one or 

more tuck loops and knitted loops. It is produced 

when a needle holding its loop also receives the new 

loop, which becomes a tuck loop because it is not 

intermeshed through the old loop but is tucked in 

behind it on the reverse side of the stitch  (Fig. 2c). 

A miss stitch or welt stitch or float stitch is 

composed of a held loop, one or more float loops 

and knitted loops. It is produced when a needle  

holding its old loop fails to receive the new yarn that 

passes, as a float loop, to the back of the needle and 

to the reverse side of the resultant stitch, joining 

together the two nearest needle loops knitted from it. 

Tuck-miss stitch was a combination of the tuck and 

miss stitch together (Fig. 2d). 

Interlock was originally derived from rib but 

requires a special arrangement of needles knitting 

back-to-back in an alternate sequence of two sets, so 

that the two courses of loops show wales of face 

loops on each side of the fabric exactly in line with 

each other, thus hiding the appearance of the reverse 

loops (Fig. 2b and 2e) [22]. 

We made experiments by changing the knitting 

structure techniques (normal plain knitting, 

interlock, tuck, tuck-miss and interlock2) as shown 

in Fig. 2a-e. For example in the interlock2 (Fig. 2e), 

the straight part of loop shape in weft direction was 

the longest compared to other four types of knitting. 

Also, the loop length of interlock2 was longer than 

interlock. Therefore, more weft fibers could be 

inserted in the interlock2. 

 

2.2 Fabrication Method 

Due to vacuum-heating process of BWK preforms, 

good interaction between fiber and resin could be 

provided. Therefore, the BWK preforms were stayed 

in a vacuum-heater at 100°C for six hours before 

fabrication of composites. Ten layers BWK 

composites were fabricated on hot press 

compression machine (Fig. 3). Fig. 4a-b shows the 

lower and upper mold dies. The stacking sequence 

of ten layers composites were written in a symmetric 

laminate code. Fabrics were cut in the weft 

direction; attached in a metallic frame and put in the 

molding die. The molding pressure, temperature and 

time were 3 MPa, 220℃ and 13 min. Later, mold 
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was cooled until it comes to the room temperature 

around 35℃. Fiber volume fractions were found out 

by performing burn-out tests.  

Upper heating plate

Lower heating plate

Molding plates

Knitting preform

Press upwards
 

Fig.3. Molding method of BWK plate 

a) b)

 

Fig.4. Photographs of mold die of BWK plate,         

a) lower, b) higher part of mold die 

2.3 Mechanical characterization 

Fig. 5 shows the test set up and geometry of the 

specimen from three-point bending impact test. 

Three-point bending impact tests were carried out on 

specimens according to JIS-K7084 standard. The 

three-point bending impact damages were inflicted 

on different specimens in a drop weight test using 

universal testing machine type Dynatup 9250HV, 

Instron. The drop weight impactor was used for the 

tests. The weight of the impactor and the incident 

impact energy were 6490 g and 20 J for the three-

point bending impact test. The composite coupons 

had a nominal dimension: 92 x 15 x 2.4-4.3 mm.  

 

72 mm
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92 mm

Platform

Impactor

12 mm

15 mm

92 mm

Supported boundry

72 mm
Specimen

Side view

Top view

 

Fig.5. Test set up and geometry of the specimen 

from three-point bending impact test 

The span length was 72 mm. The three-point impact 

tests were conducted on specimens in the weft 

direction. 

 

3 Results and Discussions 

Table 1 shows the thickness and fiber volume 

fraction of specimens of BWK composites. The 

volume fractions of weft yarns in composites were 

increased by changing knitting yarn and interlock2 

had the highest weft fiber volume fractions (18.1%). 

Whereas, the volume fraction of weft yarns in the 

plain normal BWK composites had the lowest 

(11%). The load-displacement curves of biaxial weft 

knitted composites during three-point bending 

impact tests are shown in Fig. 6. The interlock2 had 

the highest maximum load 0.8 kN, whereas normal 

plain had the lowest maximum load about 0.2 kN. 
The results of three-point bending impact tests in the 

weft direction are shown in Table 2.  The interlock2 

had the highest impact properties and total absorbed 

energy (15.3 J) compared to the other four 

specimens. After the interlock2 specimens, the tuck-

miss and interlock specimens had almost same total 

absorbed energy which was around 10.6 J. Changing 

the structures of knitting makes the fabric stronger in 

three-point bending impact tests. Because, the 

density and volume fractions of weft yarn were 
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increased. Thus, strength of the composite and the 

capacity of impact shock absorption were improved. 

With the various knitting structure techniques, 

strength design in the fabric could be controlled. The 

interlock2 type of composites had almost four times 

higher maximum load and impact energy compared 

to the normal plain knitting (0.2 kN and 3.9 J) (Fig. 

6 and Table 2). The energy result after maximum 

load was higher than the energy result until 

maximum load in all specimens. This result 

indicates that most of the energy was absorbed after 

maximum load. Further, total energy results were 

recalculated with same thickness of specimens and 

found the interlock2 absorbed more total energy (3.5 

J/mm) than the other four types of composites which 

is shown in Table 2. 

 

Table 1: Thickness and fiber volume fraction of 

specimens of BWK composites 

Specimens 

(Composites) 

Weft 

Vf 

(%) 

Warp 

Vf 

(%) 

Stitch 

Vf 

(%) 

Total 

Vf 

(%) 

Thick 

ness 

(mm) 

Normal 11.0 14.9 18.5 44.4 2.41 

Interlock 15.9 8.9 16.0 40.9 3.79 

Tuck 11.5 10.4 18.6 40.5 3.26 

Tuck & Miss 12.6 7.2 17.6 37.4 4.20 

Interlock2 18.1 7.8 14.0 39.9 4.30 
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Fig.6. Load-displacement curves of biaxial weft 

knitted composites during three-point bending 

impact tests 

 

 

 

 

Table 2: Results of three-point bending impact tests 

by variation of different stitch techniques 

 

3.1 Relationship between total absorbed energy 

from three-point bending test and from three-

point bending impact test  

The relationship between the total absorbed energy 

from three-point bending test [23] and from the 

three-point bending impact test is shown in Fig. 7. 

The area under load-displacements curves gives the 

absorbed energy during the three-point bending test. 

Initiation energy was found out to calculate the area 

under load-displacement curve until maximum load 

and that was for propagation energy after maximum 

load. The total energy was the total value of the 

initiation and propagation energy. This graphic 

showed that there was a good relationship between 

the total absorbed energy from the three-point 

bending test [23] and from the three-point bending 

impact test. The total absorbed energy from the 

three-point bending test [23] increased with 

increasing of the total absorbed energy from the 

three-point bending impact test.  

Besides the good relationship between both tests, the 

total absorbed energy from the three-point bending 

impact tests was much higher than that was from the 

three-point bending tests. Because of the good 

relationship between the three-point bending test and 

the three-point bending impact tests, the fracture 
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load 

(J) 

Energy 

after 
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load 

(J) 
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ed 

energy 

(J) 
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ed 

energy

/mm 

(J) 

Normal 0.23± 

0.0 

1.74± 

0.03 

2.26± 

0.01 

3.99± 

0.04 

1.66± 

0.02 

 

Interlo

ck 

0.67± 

0.0 

2.84± 

0.14 

7.74± 

0.46 

10.58±

0.60 

2.79± 

0.16 

 

Tuck 

 

0.46± 

0.01 

 

2.51± 

0.05 

 

4.52± 

0.46 

 

7.03± 

0.51 

 

2.15± 

0.16 

 

Tuck-

Miss 

0.70± 

0.01 

2.70± 

0.0 

7.92± 

0.05 

10.62±

0.05 

2.53± 

0.01 

 

Interlo

ck2 

 

0.83± 

0.03 

 

2.47± 

0.35 

 

12.87± 

0.78 

 

15.34±

0.44 

 

3.56± 

0.1 
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behavior of specimens during both tests could be 

similar. 
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Fig.7. Total absorbed energy from three-point 

bending test [23] and from three-point bending 

impact test 

 

3.2 Relationship between energy after maximum 

load and fiber volume fractions of composites  

Relationship between energy after maximum load 

and fiber volume fractions of composites in the weft 

direction is shown in Fig. 8. Total energy after 

maximum load increased with increasing of volume 

fraction of composites in the weft direction.  
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Fig.8. Relationship between energy after maximum 

load and volume fractions of composites in weft 

direction 

 

Especially, in the case of two knitting techniques, 

such as interlock2 and tuck-miss, there was a gap 

which was shown in Fig. 8. We believed that this 

gap occurred because of effect of loop shape, which 

will be explained by Fig. 9a-e. Fig. 9a-e shows back 

face photos of the BWK fabrics with normal plain, 

interlock, tuck, tuck-miss and interlock2. The BWK 

fabric, which is shown in Fig. 9a-e, was model 

structure with different materials and in these 

materials the GF/PP commingled fibers weren’t used 

as warp and weft yarns. The various length of 

straight part of loop shape could be seen in Fig. 9a-e. 

The photo of the interlock2 (Fig. 9e) shows the 

longest length of straight part of loop shape 

compared to the other specimens, whereas the photo 

of plain knitting shows the shortest length of straight 

part of loop shape (Fig. 9a). The straight part of loop 

shape would probably contribute to increase the 

energy after maximum load. So, these results shows 

the various knitting techniques, such as interlock2, 

would be helpful to increase the impact absorption 

capacity of the composites. 

a) b)

Plain Interlock
5 mm

5 mm

 

c) d)

Tuck Tuck-miss

5 mm5 mm

 

e)

Interlock2

5 mm

 

 

Fig.9. Back face photos of BWK fabrics, a) normal 

plain, b) interlock, c) tuck, d) tuck-miss, e) 

interlock2 
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3.3 Fracture aspects of specimens after three-

point bending impact test  

Fig. 10a shows the normal view and Fig. 10b-c 

shows the enlarged view of fractured specimens 

after three-point bending impact test. The entire 

energy mechanism after the three-point bending 

impact tests was mainly contributed by 

delaminations and fiber fractures.  

Plain

Interlock

Tuck

Tuck-miss

Interlock2

a)

 

Tuck

Tuck-miss

Interlock2

b)

Delamina-

tions and 

fiber 

fractures

Fiber 

fractures

Fiber 

fractures

 

Plain

Interlock

c)

Fiber 

fractures

Fiber 

fractures

 

Fig.10. Fracture aspects of specimens after three-

point bending impact test, a) normal view, b) and c) 

enlarged view of specimens 

 

The fracture behaviours of specimens supported the 

impact test results. The highest numbers of fiber 

fractures were seen in the center of the interlock2 

specimen (the highest impact properties). It was also 

seen some delaminations in the interlock2. The 

lowest numbers of fiber fractures were seen in the 

center of plain specimen (the lowest impact 

properties). It couldn’t be seen any delaminations on 

the surface of the plain specimen. 

 

4 Conclusions 

The BWK fabrics on SHIMA SEIKI knitting 

machine were constructed by the warp, weft and 

knitted stitch yarns. This fabric offers wide variation 

of designs in the industries, which woven fabric and 

uni-directional material cannot do it. In the 

production site, changing yarn is much easier on 

SHIMA SEIKI knitting machines compared to other 

textile machines. Our study showed that the impact 

properties of composites could be improved by 

changing knitting techniques. With its proprietary 

technique, the minimization of the production time 

in the process of layering, the reduction of the cut-

loss and total production cost, easiness in the 

strength design can be achieved for the BWK 

fabrics. The interlock2 had the highest impact 

properties, such as maximum load and total 

absorbed energy, compared to the other four 

specimens. The good agreements between the total 
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absorbed energy from three-point bending test [23] 

and from three-point bending impact test supported 

our test results. The relationship between energy 

after maximum load and volume fractions of 

composites in the weft direction was also studied 

and it was found that the total energy after maximum 

load increased with increasing of the volume 

fraction of composites in the weft direction. The 

fracture aspects of specimens after three-point 

bending impact test were also investigated and the 

fracture behaviours of specimens supported the 

three-point bending impact test results. In future 

study, we will try to fabricate 3-D BWK composites 

by using WHOLE GARMENT® technology which 

is available on SHIMA SEIKI weft knitting 

machines. 
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1 Introduction  

 

Composite sandwich structures are made of a 

thick and lightweight core, inserted between two 

thin skins. The low density core can be foam or a 

honeycomb structure made of metallic or non-

metallic material. The skins usually consist of metal 

or composite laminates and are bonded to the core 

using an adhesive. Sandwich structures are used 

increasingly in the aeronautic, automotive, maritime 

and other industries due to their good mechanical 

properties and their low mass. For instance, 

fuselage, parts of the wings and interior design are a 

few applications for this type of structure in the 

aeronautic industry. 

The skins provide good stiffness, both in-plane 

and for bending, whereas the core presents good 

compressive and shear properties. However, those 

properties also bring a significant drawback, that is, 

good transmission of both mechanical and acoustic 

vibration. Vibrations are usually unwanted, as they 

can possibly cause mechanical damage, such as 

delamination, or discomfort. Therefore, research is 

conducted to improve the damping of sandwich 

structures.  

Increased damping can be obtained by active or 

passive means [1]. Active damping systems use 

actuators and sensors, therefore require a power 

source, while passive damping consists of a 

modification to the internal structure of the material.  

One of the most widely used passive damping 

methods consist of partially or completely covering 

the structure with a constrained viscoelastic layer 

(constrained layer damping, CLD) [1] [2] [3]. A 

promising application of the CLD method for 

composite sandwich structure with laminated skins 

is to add layers of viscoelastic materials between 

skin plies [4] [5] [6]. Different strategies can be 

developed. The viscoelastic layers can cover the 

entire structure for maximal damping, therefore 

adding significant weight. For a better damping 

performance over added weight ratio, partial 

coverage can be achieved by targeting vibration 

nodes, where shear stress is maximum. As each 

vibration mode has its own nodes, the number of 

partial viscoelastic patches, as well as their length 

and position, must be optimized. In previous work, 

the damping of such composite structures was 

studied, and improved damping performance was 

observed [4]. While complete coverage usually 

performs best, significant increase in damping can 

be reached with partial coverage, resulting in much 

less added mass [7] [8].  

This work deals with the modal analysis of 

composite sandwich beams with full and partial 

viscoelastic layers interleaved in the face sheets. The 

vibration response of the cantilever beams was 

obtained experimentally using a laser vibrometer. 

The damping performance was measured using a 

modified curve fitting method in order to compare 

the efficiency of different passive treatments. One of 

the secondary objectives was to verify the validity of 

the modified curve fitting as a method to obtain 

modal properties of composite sandwich structures. 

This method was combined to the half-power 

bandwidth method in order to improve the 

measurement accuracy of the structural damping.  
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2 Experimental procedures 

 

2.1 Beams manufacturing 

 

Sandwich panels were made of an aramid 

honeycomb core and prepreg carbon/epoxy fabric 

skins in [0/45/45/0]s stacking sequence. They were 

manufactured using an autoclave under controlled 

temperature and pressure following an aeronautic 

procedure. Each panel was 400x400 mm2, with a 

thickness of 14.3 mm. From those panels, eight 

300x30 mm2 beam samples were cut. The 

honeycomb cells at the clamped end were filled with 

resin loaded with glass bubbles over a length of 

50 mm to increase local stiffness as shown on Figure 

1. To improve damping performance, some of the 

samples had a thin viscoelastic material inserted 

between face sheet plies, at symmetric locations 

with respect to the neutral axis of the beam. The 

viscoelastic layer was placed close to the 

honeycomb core, between the third and fourth plies 

of each face sheet.  This location was chosen to have 

the damping layer as close as possible to the neutral 

axis of the beam where shearing is maximal. 

Figure 2 shows the stacking sequence for beams 

with or without viscoelastic treatment.  The location 

of the damping treatment along the beam axis is 

shown on Figure 3, and the positions with respect to 

the clamping area are listed in Table 1. The 

viscoelastic material used was the 0.2 mm thick 

Smacwrap ST film from SMAC. Three beams with 

one pair of 50 mm-long partial viscoelastic patches 

and two beams with full viscoelastic layer in each 

skin were manufactured. It should be noted that the 

interleaved viscoelastic layers were 28 mm wide 

leaving 1 mm edges at each side of the insert, in 

order to avoid side effects. Three reference beams 

(with no treatment) were also made for comparison 

purposes. 

 

 

2.2 Testing parameters 

 

Vibration response due to external excitation and 

damping efficiency are usually measured using 

accelerometers bonded directly to the structure [4] 

[6]. However, the presence of accelerometers is 

proven to modify the beam response. Contact 

measurement leads to increased mass, resulting in 

frequency shift, and additional damping due to 

wiring. An alternative consists of using a laser 

vibrometer which is a non-contact measurement 

method based on the Doppler principle.  Using this 

method the displacement or the velocity can be 

measured in the time domain with high precision 

and without any influence on the vibrational 

characteristics of the test specimen 

The samples were vertically clamped at one end 

using a dedicated test bench. A clamping protocol 

was developed to assure constant boundary 

conditions for every test. Four bolts were tightened 

with a torque of 6 Nm to secure the clamping block. 

The beams were excited using an instrumented 

impact hammer (PCB Piezotronics, model 086C01), 

and transient vibration data was acquired using a 

laser vibrometer (Polytec, sensor head OFV-505, 

controller OFV-5000) coupled with a velocity 

decoder (Polytec, VD-06). The impact point was 

20 mm above the clamped end, whereas the 

measurement point was 55 mm below the free end. 

Figure 4 shows a schema of the experimental set up. 

 

 

2.3 Modal analysis 

 

The determination of the structural damping can 

be made through different methods. The logarithmic 

decrement is frequently used [9] for underdamped 

system. When the system becomes overdamped 

other methods such as the half-power bandwidth 

method (3dB method) [10] can be used. However, to 

increase the accuracy of damping measurement the 

use of modified curve fitting algorithm [11] 

combined with the 3dB method is sometimes 

necessary.  

Each sample was tested twice, each test 

consisting of 20 impacts using the impact hammer. 

A root mean square averaging method was applied 

to the data to improve the reliability. Both natural 

frequencies and damping ratios were obtained using 

the Frequency Response Function (FRF). The FRF 

was computed using a Fast Fourier Transform 

algorithm.  

A method was developed to obtain the modal 

properties of sandwich composite beams. A 

modified curve fitting algorithm based on the 

mobility equation of a single degree of freedom 

(SDOF) system (equation 1) [12] was used. A linear 

scale is used for the amplitude of the FRF, as the 

ICCM19 261



 

 

 

3  

 

 

MODAL ANALYSIS OF COMPOSITE SANDWICH STRUCTURES WITH VISCOELASTIC LAYERS 

curve fitting method was implemented in the linear 

form of the FRF. 

 

|
 ( )

 ( )
|  

 
  
 

 

√(  
 (   )    )  (     )

 
 (1) 

 

This equation presents 3 unknowns, which are 

the stiffness coefficient (k), the natural frequency 

(ωn) and the damping ratio ( ). As this equation is 

for a SDOF system, fitting was done on each modal 

peak individually, optimizing the 3 unknown 

parameters of the equation with the nonlinear least 

squares method. 

Once the damping ratio obtained, the loss 

factor (η) was calculated using the following 

expression. 

 

     (2) 

 

 

3 Results and discussions 

 

To validate the experimental set up, the 

experimental procedure and the curve fitting 

method, preliminary tests were made. The same 

beam was successively tested three times. The set up 

was disassembled between each test run. Modal 

analysis was made and results for natural 

frequencies and loss factors were compared. For 

each mode, relative differences on natural 

frequencies remained under 1%, while relative 

differences on loss factors stayed under 7%. 

Figure 5 shows a typical experimental FRF 

obtained with peaks corresponding to the first 6 

vibration modes. It can be seen that the non-contact 

measurement led to a frequency response with few 

noise. 

Figure 6 presents an experimental peak and the 

numerically obtained fitting curve corresponding to 

Equation (1). The optimized fitting parameters are 

also given on Figure 6. It can be seen that the fitted 

curve is in very good agreement with the 

experimental points. 

The main disadvantage of the curve fitting 

method is the use of a SDOF equation, while the 

tested specimens correspond to multiple degree of 

freedom (MDOF) systems. For lightly damped 

structures, the modal peaks are narrow and coupling 

is negligible. But as soon as damping increases, 

peaks become wider and overlap noticeably. As 

coupling effect is not included in the curve fitting 

method, the fitted curve does not coincide perfectly 

with the experimental points. Figure 7a shows an 

example of this phenomenon. 

A comparison of the curve fitting method and the 

well-known half-power bandwidth method was 

made. However, the use of this second method 

requires a well-defined peak. For a narrow peak such 

as the one corresponding to the first mode, the 

experimental points do not shape the summit well 

enough for a precise estimation of the damping. This 

problem is solved by using the curve fitting as 

shown on Figure 7b. As the half-power bandwidth 

need a precise estimation of the maximal response to 

calculate damping, a peak as shown on figure 7b 

does not allow a reliable estimation of the loss 

factor. Furthermore, experimental errors can have a 

significant influence on the half-power bandwidth 

method, while the curve fitting, using a least squares 

method, does not have the same sensibility. 

The natural frequencies and loss factors for the 

first 5 modes of each beam were obtained with both 

methods. Relative differences with respect to half-

power bandwidth were calculated to compare the 

results. Differences for natural frequencies (not 

shown) were negligible (usually under 0.2%). Table 

2 shows loss factors obtained with both methods for 

2 different beams. While the two methods present 

similar loss factors for the reference beam (reference 

1), differences can be seen for the beam with 

complete treatment (complete 1). Indeed, the 

difference for the third, fourth and fifth mode is not 

negligible. The absolute difference between loss 

factors values for the three last modes is constant 

and around 0.55%. However the curve fitting tend to 

give higher loss factors for higher modes. Table 3 

presents the natural frequencies and loss factors for 

the five first modes of eight experimental beams 

obtained using the curve fitting method. Figure 8a 

shows a comparison of the loss factors only. It can 

be seen that damping is usually more important for 

higher modes (see Figure 8a). The increasing loss 

factor with increasing frequency is observed for both 

methods.   

Full coverage of the beam with a viscoelastic 

layer greatly improves damping; it also significantly 

increases the mass of the beam. Therefore, a 4% 

decrease of the natural frequencies is observed from 
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the reference beams to the beams with complete 

damping treatment. A well-positioned single patch 

also increases damping significantly, but with minor 

impact on natural frequencies.  

For all modes, results show that a patch placed 

near the clamping area (Visco P0) is most effective 

to improve damping performance. Indeed, energy 

dissipation in the viscoelastic material is 

proportional to shear stress, which is maximal in this 

area. Local maxima are obtained not only at the 

clamping area, but also at vibration nodes. For this 

reason, aside from the clamping area, patches that 

coincide with a vibration node have greater effect on 

the corresponding mode. To illustrate this, node 

positions for a similar beam was measured 

previously for the first four modes [4]. The node for 

the second mode is located at 185 mm. Nodes for the 

third mode are located at 105 mm and 210 mm. 

Finally nodes for the fourth mode are located at 

70 mm, 145 mm and 215 mm. Given these node 

positions, damping of the third mode is increased 

with patch P2 (placed 80 mm from the clamping 

area), while damping of the fourth mode is increased 

with patch P1 (40mm from the clamping area). 

Figure 9 shows an illustration of vibration nodes and 

patches locations. Furthermore, damping for the fifth 

mode is almost equally increased for both locations 

P1 and P2, suggesting that each patch coincides with 

a vibration node. Figure 8b illustrates these results. 

It can be seen that damping for beam Visco P2 

increases significantly from mode 2 to mode 3, 

while the increment between modes 3 and 4 is very 

small. The opposite can be seen for beam Visco P1, 

where the increment in damping between modes 2 

and 3 is smaller, and the increment between mode 3 

and 4 is important. 

It should be remembered that patches are only 

50 mm long. Extrapolating from above, one might 

expect that the patches are more likely to influence 

the damping of the mode with the nearest node. 

When no node coincides with a patch, damping is 

comparable to what is observed on the reference 

beams. Position P1 for the third mode and position 

P2 for the fourth mode reflect this situation. Trends 

seen in the present study are in agreement with 

previously published results [4]. 

The damping due to a single patch treatment is 

always greater than the damping of the reference 

beam. Moreover the performance of both treatments 

(single patch and full coverage) increases with 

increasing frequencies. However the effect of single 

treatment becomes less important for higher modes 

when compared to full coverage.  Indeed for the first 

mode, beam with patch placed near the clamping 

area (Visco P0) and beam with full coverage 

treatment show similar damping.   

 

3 Conclusions 

 

Modal analysis from non-contact laser 

vibrometer measurements leads to frequency 

response function without noise. Damping ratio can 

be determined reliably by curve fitting each 

frequency peak to a SDOF response spectrum. This 

method helps solving some problems encountered 

with the half-power bandwidth method for lightly 

damped structures, such as poorly define peak.  

Moreover this method led to higher loss factors 

compared to the half-power bandwidth method. This 

can be explained by the use of the SDOF equation 

that does not take into account the modal coupling 

effect often seen in heavily damped structures. It 

was shown that patches placed adequately (clamping 

area or mode node) along the beam axis improve the 

loss factor by 50% for low frequency modes and by 

30 % for higher modes. With respect to the full 

coverage treatment, the single patch leads to lower 

damping performance but reduces significantly the 

added mass.       
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MODAL ANALYSIS OF COMPOSITE SANDWICH STRUCTURES WITH VISCOELASTIC LAYERS 

 

 

Figure 1: Geometry of the sandwich composite beam 

 

 

 

Figure 2: Stacking sequence without treatment (a) and with viscoelastic layers (b) 

 

 

 

Figure 3: Illustration of the patch position 

 

Table 1: Position of the viscoelastic patches for each beam 

Damping treatment position P0 P1 P2

Distance of the patch, D (mm) 0 40 80
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Figure 4: Experimental set-up 

 

 

 

 

 

Figure 5: A typical FRF obtained in the experiments 
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MODAL ANALYSIS OF COMPOSITE SANDWICH STRUCTURES WITH VISCOELASTIC LAYERS 

 

Figure 6: Examples of a good curve fit 

Parameters: ωn=767.9 Hz ; ζ=0.00703 ; k=12931 N/m 

 

            

a)        b) 

 

Figure 7: Examples of a peak with a heavily damped peak (a) and a lack of point near its summit (b) 
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MODAL ANALYSIS OF COMPOSITE SANDWICH STRUCTURES WITH VISCOELASTIC LAYERS 

 

Table 2: Comparison of the half-power bandwidth and curve fitting methods 

 
 

 

 

 

Table 3: Natural frequencies and loss factors for all the test specimens 

  
 

 

Reference 1 Complete 1

1,28 2,28

1,26 2,18

-1,71 -4,52

1,40 3,00

1,41 3,05

0,34 1,59

1,87 3,61

1,95 4,17

4,26 15,62

2,20 4,16

2,29 4,66

4,19 11,89

2,35 4,63

2,42 5,30

3,10 14,48

Beam

η (%) (Half-Power)

η (%) (Curve fitting)

η (%) (Half-Power)

η (%) (Curve fitting)

Method

Mode 4

Mode 5

Relative difference (%)

Relative difference (%)

Relative difference (%)

Relative difference (%)

Relative difference (%)

η (%) (Half-Power)

η (%) (Curve fitting)

η (%) (Half-Power)

η (%) (Curve fitting)

η (%) (Half-Power)

η (%) (Curve fitting)

Mode 1

Mode 2

Mode 3

ωn (Hz) η (%) ωn (Hz) η (%) ωn (Hz) η (%) ωn (Hz) η (%) ωn (Hz) η (%)

Reference 1 199 1,26 768 1,41 1544 1,95 2279 2,29 3000 2,42

Reference 2 200 1,25 775 1,39 1551 1,92 2283 2,48 3038 2,61

Visco P0 200 1,96 779 2,08 1556 2,58 2270 2,85 3017 3,11

Visco P1 207 3,13 779 1,59 1560 1,96 2304 2,78 3056 2,94

Visco P2 199 1,34 766 1,51 1556 2,26 2278 2,43 3037 2,95

Complete 1 189 2,18 725 3,05 1458 4,17 2145 4,66 2848 5,30

Complete 2 194 2,17 739 2,87 1490 3,96 2177 4,22 2875 5,18

Mode 5
Beam

Mode 1 Mode 2 Mode 3 Mode 4
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MODAL ANALYSIS OF COMPOSITE SANDWICH STRUCTURES WITH VISCOELASTIC LAYERS 

 

a) 

 

 

 b) 

Figure 8: Comparison of loss factors for each treatment, group by mode (a) and by treatment (b) 
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MODAL ANALYSIS OF COMPOSITE SANDWICH STRUCTURES WITH VISCOELASTIC LAYERS 

 

Figure 9: Nodes positions for the first 4 modes, with patches locations 
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1 Introduction  

Morphing aerostructures have the potential to 
improve the performance of aircraft through 
reductions in weight and drag [1] and to have 
lower maintenance requirements than wings 
with conventional control surfaces. One 
configuration of a morphing wing requires a stiff 
skin material that can transfer aerodynamic loads 
but that can also be deformed on demand with 
acceptable actuation forces [2, 3]. A previous 
study has shown that a fibre reinforced elastomer 
can provide a suitable balance of load carrying 
ability and flexibility for the morphing skin of a 
model aircraft wing [4]. Carbon fibre composites 
with controllable flexural stiffness have recently 
been devised that may provide the means to 
avoid compromising on the properties of a 
morphing wing skin [5, 6]. (Such materials may 
also have applications in deployable and 
collapsible structures.) This paper summarises 
the results of an experimental programme 
investigating the stiffness characteristics of 
various configurations of this controllable 
stiffness composite, examines the effectiveness of 
simple beam theory to predict the observed 
behaviour, and describes current trials in which 
integrated heating (to achieve the stiffness 
control) and integrated actuation are 
investigated. 

2 Concept 

Controllable stiffness has been achieved by 
introducing thermoplastic polymer interleaf 
layers in a laminated carbon fibre reinforced 
polymer (cfrp) composite. The thermoplastic 

polymer is chosen so that its glass transition 
temperature (Tg) is less than that of the cfrp plies. 
The simplest configuration, consisting of two cfrp 
plies separated by a single interleaf layer, is 
shown in Fig. 1. When bent at room temperature 
the shear stiffness of the interleaf material is 
sufficient to ensure that the two cfrp plies act as 
an integral structural element. When the 
composite is heated to a temperature above the 
Tg of the thermoplastic (but below that of the cfrp) 
the cfrp plies can slide relative to each other and 
so the flexural stiffness of the laminate is 
significantly reduced. 

3 Experimental investigation of flexural 

stiffness 

3.1 Specimen and test details 

A control laminate and three interleaved 
composite laminates (A, B & C) were 
manufactured using plies of unidirectional 
carbon fibre reinforced epoxy (HexPly, 914C-TS-
5-34%, Hexcel, nominal ply thickness = 
0.126 mm, Tg = 175 °C) and interleaf layers of 
polystyrene (Tg = 100 °C). See Table 1 for the 
layup details. From these laminates flexural test 
specimens were prepared with a width of 10 mm 
and length of 80 mm and with the 0° direction of 
the cfrp plies aligned with the longitudinal 
direction of the specimen. 

An additional special laminate, termed 
‘constrained’ in Table 1, was prepared in which 
the interleaf layers only existed in the central 28 
mm of a smaller flexure specimen (10 mm wide, 
40 mm long) and were substituted with 
composite plies in the outer portions (see Fig. 2). 
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In this way the composite plies of the specimen 
were constrained from relative sliding at the ends 
of the flexure specimen. 

Three point bending tests were performed in 
accordance with ASTM D7264 [7] at room 
temperature and at 120°C. The test fixture had 
loading and support bars of 6mm diameter and 
the supports were adjusted to achieve a span to 
thickness ratio of 32 in all the tests. The tests 
were conducted at a cross-head displacement 
speed of 1 mm / min on an Instron 4505 test 
machine fitted with a 1 kN load cell. For the first 
series of tests, specimens were loaded to a 
maximum deflection of 1 mm at room 
temperature and then unloaded. The tests were 
then repeated at 120°C in an environmental 
chamber and then again at room temperature. 

3.2 Flexural test results  

A typical plot of load against displacement 
measured in the three-point flexure test on 
composite B is shown in Fig. 3. A large loss in 
stiffness is evident when the specimen is tested at 
120°C and the second room temperature test 
shows that the stiffness is fully recovered on 
cooling. 

The flexural modulus, Ef, of the specimens was 

calculated using equation 1, where L is support span, 

w is beam width, h is beam thickness and m is the 

gradient of the load - displacement curve. To 

calculate the average flexural modulus of the 

composites, five specimens of each sample were 

tested.     

3

3

4wh

mL
E f              (1) 

The resulting flexural moduli are given in Table 2. 

It can be seen that when the specimens are 
heated to 120 °C (i.e. above the Tg of the 
polystyrene) the flexural modulus of the 
composite was greatly reduced. At this 
temperature the polystyrene softened and 
allowed the reinforced plies to slide relative to 
each other (see Fig. 4), permitting large 
deflections without any damage to the composite. 
The composite could be cooled in its deformed 
shape and that shape would be maintained. On 

reheating, the unloaded specimens would return 
to their original straight shape and when retested 
at room temperature the original flexural 
modulus was measured.  

4 Prediction by simple beam theory 

Beam theory was used to predict the flexural 
stiffness behaviour of the interleaved composite 
specimens of laminates A, B and C at room 
temperature and 120 °C. 

At room temperature, it is assumed that plane 
sections originally normal to the axis of the beam, 
remain plane and normal after bending and so 
the effective flexural modulus,   

 , can be 

determined for a symmetric laminate as follows. 
First the reduced second moment of area, Ir, is 
calculated using equation 2. 

    ∑ (
  

 

1 
     

  )
        
      

                

in which, as indicated in Fig. 5, ti is the thickness 
of a cfrp ply,   

 is the y coordinate of the mid-
plane of the ply measured from the mid-plane of 
the laminate and w is the width of the beam 
cross-section. The calculation of Ir ignores the 
contribution of the polystyrene layers because 
the elastic modulus of this material is very small 
compared to that of the cfrp. The product of Ir and 
Ec, the longitudinal elastic modulus of the cfrp 
plies, is then equated to   

 I in which   
  is the 

effective flexural modulus and I is the second 
moment of area of the full beam section. (Using 
the notation of Fig. 5, I = wh3/12.)   

  is therefore 

given by equation 3. 

  
  

    
 

                   

This value of   
  is the predicted value of the 

room temperature flexural modulus of the 
composite and can be compared to the value 
determined in the flexural test. 

At 120 °C, each of the cfrp blocks (formed by one 
or more adjoining cfrp plies separated from other 
cfrp blocks by the polystyrene layers) is assumed 
to act independently and to be able to slide freely 
relative to the adjacent blocks. The total flexural 
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stiffness can therefore be determined from Ec 
multiplied by the sum of the second moment of 
area values  ∑Ib) where Ib is the second moment 
of area of each block about its own mid plane. (So, 
for example, Ib for the block formed by the cfrp 
plies j, k and l in Fig. 5 is w(tj+tk+tl)3/12.) The 
product Ec∑Ib can again be equated to   

 I and so 

the predicted value of   
  at high temperature is 

given by equation 4. 

  
  

  ∑           
      

 
               

 

For the constrained laminate specimen at room 
temperature, equation 3 gives the predicted 
flexural modulus. At 120°C the individual cfrp 
blocks are again assumed to be free to slide 
relative to each other but these blocks are now 
constrained at each support by the solid cfrp end 
sections. At each of these positions it is assumed 
that the plane section, originally normal to the 
beam axis before bending, will remain plane and 
normal after bending. To determine a theoretical 
value for the effective flexural modulus of the 
constrained specimen at high temperature, the 3-
point bend test is considered to be the 
superposition of two configurations as shown in 
Fig. 6. In case I the beam is treated as fixed-ended 
(enforcing zero rotation at the supports). The 
individual cfrp blocks of the beam section are 
assumed to act as independent beams, all 
deflecting the same amount at the load point. The 
flexural stiffness of the beam is therefore given as 
Ec∑Ib and the central deflection is given by 
equation 5. 

   
   

1    ∑           
      

             

where L is the length of the beam. 

In load case I there will be reaction moments MR 
(equal to PL/8) which do not exist in the real 3-
point bend test. In load case II (Fig. 6) the simply 
supported beam is subjected to moments MR 
applied in the opposite direction to those 
generated in load case I. (In this way the 
superposition of load cases I and II is equivalent 

to the original 3-point bend test.) When subjected 
to MR the beam will deform with a constant 
curvature and because of constraints at the 
support then all plane sections, normal to the axis 
of the beam will remain so after bending. The 
flexural stiffness of the beam for this load case is 
therefore given by the room temperature 
expression EcIr and the central deflection, II, is 
given by equation 6. 

    
   

      
                     

By equating the expression for the total 
deflection (I + II) to the equation for the central 
deflection of an homogenous beam subjected to 
3-point bending (PL3/48  

 I ), equation 7 can be 

derived for the effective modulus of the 
constrained beam specimen at high temperature 

  
  

     ∑           
      

 (    ∑           
      

)

                 

 

The flexural moduli, predicted using equations 3, 
4 and 7, are presented in Table 3. 

It can be seen that the simple beam theory yields 
values for the percentage loss in flexural modulus 
which are in good agreement with the 
experimentally observed values. The theory over-
predicts the room temperature flexural moduli 
(presumably because the theory does not include 
shear distortion of the polystyrene layers). At 
120 °C the theoretical predictions are lower than 
the measured values and this is because theory 
completely disregards the residual shear stiffness 
of the softened thermoplastic layers. 

5 Development of a cantilever beam with 

integrated actuation and heating 

5.1 Manufacture and experimental evaluation  

Trials have been conducted to demonstrate the 
potential benefits of using a controllable stiffness 
composite in a morphing device. A simple 
cantilever beam consisting of two plies of 
unidirectional cfrp separated by one layer of 
polystyrene has been manufactured with a free 
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length of 85 mm and a width of 20 mm. The beam 
has a thin Kapton film encapsulated heater 
(manufactured by Omega Engineering – see Fig. 7) 
bonded to the lower surface so as to raise the 
temperature up to 120°C as required for 
significant flexural stiffness loss. Bonded to the 
upper surface is a macro fibre composite (MFC) 
actuator (by Smart Material Corp under licence 
from NASA). The layup details and key properties 
of the heater and actuators are given in Table 4. 

The tip deflection was measured for actuator 
voltages up to 400V at room temperature and 
when heated to almost 120 °C. As shown in Fig. 9 
the response was linear in both cases and the 
measured maximum tip deflections are recorded 
in Table 5. For this thin laminate the deflection 
was increased by 118% when the flexural 
stiffness of the composite was reduced by heating. 

5.2 Prediction of actuated behaviour  

A beam-based theoretical approach can be used 
to predict the response of the 
actuator/heater/composite assembly (see Fig. 10 
for the cross-section and notation to be used). 
For the room temperature case it is again 
assumed that the laminate acts as an integral 
structural element (i.e. plane sections, originally 
normal to the axis of the beam, remain plane and 
normal after bending). It is simpler if the origin of 
the y-axis is chosen to be the elastic centroid and 
the position of this can be determined using 
equation 8. 

   
∑       

  
   

∑     
 
   

              

 

in which   
 
 is the   coordinate of the mid-plane of 

lamina i,    & Ei are the thickness and longitudinal 
Young’s modulus of lamina i, and N is the number 
of laminae in the full assembly. The origin of   
can be chosen for convenience; in Fig. 10 it is 
shown at the bottom edge of the beam cross-
section. 

The longitudinal direct stress in ply i is given by 
equation 9. 

 |for pl  i    (   
 

 
     )       ) 

where    is the longitudinal direct strain at the 
elastic centroid, 1/R is the curvature of the beam 
axis,    is the longitudinal voltage expansion 
coefficient,     is the applied voltage and y 
(measured from the elastic centroid) falls within 
lamina i. Note that     will only be non-zero for 
the actuator ply. 

These direct stresses, multiplied by y, can then be 
integrated over the height of the beam to give the 
moment resultant per unit width of the beam. 
Noting that there is no externally applied 
moment then equation 10 results. 

  

 
∑  

 

   

  (  
      

 )

 
1

  
∑  

 

   

(  
      

 )    1   

where yi is the y coordinate of the interface 
between the i th ply and the (i+1)th ply. The left 
hand side only has a non-zero    for the actuator 
ply and so the resulting curvature is given by 
equation 11. 

1

 
 

  
 {    (  

      
 )}

actuator pl  onl 

1
 
∑   

 
   (  

      
 )

       11  

The term on the denominator is the weighted 
second moment of area of the beam section about 
an axis (horizontal in Fig. 10) passing through the 
elastic centroid and can be written as ∑   

 
      

where    is the second moment of area of ply i 
about the elastic centroid. The numerator can be 
considered as the voltage-induced moment per 
unit width, Mv, and so equation 11 can be re-
written as equation 12. 

1

 
 

  

∑   
 
     

                1   

Finally, the tip deflection, , at room temperature 
is given by equation 13. 

  
1

 

  

 
           1   

When the heater is switched on and the specimen 
temperature approaches 120°C, the beam section 
can be considered to consist of two beams: the 
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upper beam consisting of the actuator and a cfrp 
ply and the lower one consisting of a cfrp ply and 
the heater. Assuming that the upper and lower 
beams deflect with the same curvature and that 
this is constant along the beam, then the previous 
room temperature analysis can be modified to 
show that the curvature is now given by equation 
14. 

1

 

 

  
 

{    (  
  

     
  

)}
actuator pl  onl 

1
 
∑        

     
      

(  
  

     
  

)  
1
 
∑        

     
      

(  
  

     
  

)
 

 

 
  

 

∑     
  ∑     

 
     
     
      

     
     
      

          1   

where yU and yL are the y coordinates with their 
origin at the elastic centroid of the upper beam 
and the lower beam respectively,  IU and IL are the 
second moments of area calculated about the 
elastic centroidal axes of the upper and lower 
beams respectively, and   

  is the voltage-
induced moment about the elastic centroidal axis 
of the upper beam. 

This can be readily extended to a thicker 
composite beam which could degenerate into 
more than two sub-beams. The tip deflection is 
agiven by inserting the curvature from equation 
14 into equation 13. 

Using the data of Table 4, the predicted 
displacements for an actuator voltage of 400V 
have been calculated using equations 12-14 and 
are given in Table 5. It can be seen that there is 
reasonable agreement between the experimental 
and predicted values. The potential sources of 
discrepancies are being investigated. 

6 Conclusions 

This paper has shown that stiffness control is 
possible with thermoplastic interleaved 
composites. The experimentally observed loss in 
flexural stiffness is predicted well with simple 
beam theory. Trials have been conducted to 

evaluate the performance of this controllable 
stiffness composite with surface-mounted 
heating and actuation. For the specimen used 
here, the tests show that the displacement is 
increased by over 100% when the flexural 
stiffness is reduced by heating and the beam-
based analysis predicts this increase reasonably 
well. 
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Fig. 1. Concept of interleaved composite with 

controllable stiffness. 

 

 

 

Fig. 2 Geometry of constrained flexural 

specimen 
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Fig. 3. Typical load-displacement plots at room 

and elevated temps for composite B (heated 

using environmental chamber) 

 

 

 

 

 

Fig. 4. Relative deformation of plies due to 

shear strain in polystyrene at elevated 

temperature 

 

 

Fig. 5 Notation for beam cross-section geometry 

 

Fig. 6. a) Load case I: point load with built-in 

ends (cfrp blocks acting as separate structural 

elements)  b) Load case II: simply supported 

beam with negative end moments from case I  

(laminate acting as an integral structural 

element)  c) Combined load case (equivalent to 

3-point flexure test on constrained laminate) 
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Fig. 7. Kapton film heater 

 

 

 

 

 

Fig. 8. Actuation using MFC actuator 

 

 

 

 

 

 
Fig.9. Cantilever tip deflection vs. actuator input 

voltage at room temperature and elevated 

temperature. 
 

Fig. 10. Cross-section of actuated cantilever 

specimen 

 

 

 

Laminate Layup* 

Control [0°16] 

A [(0°/P
109

)4/0°/( P
109

/0°)4] 

B [0°3/P
196

/0°3/P
196

/0°3/P
196

/0°3] 

C [0°4/P
68

/0°4/P
68

/0°4/P
68

/0°4] 

Constrained [0°/P
109

/0°/P
109

/0°/P
109

/0°] 

* 0° indicates a cfrp ply, P
t
 indicates a polystyrene 

layer of thickness t m 

Table 1. Specimen Laminate details 

 

 

 

Laminate 

Flexural 

Modulus* (GPa) 
% loss 

 
RT 120 °C 

Control 118 (3)  112 (2)  5.1 

A 65 (3) 1 (0.2) 98.5 

B 90 (1) 4 (1) 95.5 

C 107 (7) 7 (0.02) 94.1 

Constrained 69 (6) 7 (0.4) 89.9 

* mean (standard deviation) of modulus are 
shown  

Table 2. Measured flexural moduli 
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Table 3. Predicted flexural moduli 

 

 

 

Layer 

No. 

Material Thickness 

(mm) 

E 

(GPa) 

 

Voltage 

expansion 

coeff 

(/V) 

1 actuator  0.3 30.3 0.75e-6 

2 cfrp 0.126 118 - 

3 polystyrene 0.13 2.5 - 

4 cfrp 0.126 118 - 

5 heater 0.2 2.5 - 

Table 4. Cantilever specimen data 

    

 

 

Table 5.   Experimentally measured and 

predicted tip deflections of actuated cantilever 

specimen at 400V 
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Laminate 
Ef* (GPa) % loss 

RT  120 °C  

Composite A 73.5 0.3 99.6 

Composite B 98.0 2.8 97.2 

Composite C 112.2 5.5 95.1 

Constrained  87.5 6.2 92.9 

Source 

Deflection,  

(mm) 

% 

increase 

RT  120 °C  

Experiment 1.6 3.5 118 

Predicted  1.8 3.4 91 
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1 Introduction  

Shape memory polymers (SMPs) have the 

characteristics such as large recoverability, 

lightweight, superior molding property and lower 

cost. These advantages have resulted in the SMPs 

become one of functional materials in various fields. 

For shape memory polymer of polyurethane (SMP 

PU), its glass transfer temperature (Tg) may be set up 

at a specified one and its characterizations such as 

shape recovery and/or shape fixation appear quite 

different at the temperature above and below Tg. 

Thus the polyurethane SMP is expected to have 

wide applications in the field of industry and the  

composite materials with SMP PU have been 

developed by our group in recent years [1-8].  

In this paper, SMP nanocomposites with several 

modified carbon nanotubes (CNTs) are developed 

and their unique characteristics, such as 

electromagnetic characteristics and electroactive 

response are investigated for the wider applications 

in mechanical and electrical/electronic fields.  

 

2 Preparation of Nanocomposites 

2.1 Materials and Modification of CNTs 

Multi-walled CNTs with diameters of 20-30 nm 

(purity ≥ 95%) and N,N-dimethylformamide (DMF, 

99.5%) were purchased from Wako Pure Chemical 

Industries, Ltd., Japan, and used as received. The 

CNTs used in this work could be considered as 

conductive materials because of the multi-walled 

structure. A resin solution of shape memory 

polyurethane was purchased in Japan. 

To improve the dispersion of pristine CNT, 

radical reaction treatment and other mild 

hydrothermal treatments were conducted. N, N-

Dimethylformamide (DMF), methyl methacrylate 

(MMA, monomer), and benzoyl peroxide (BPO) 

were used as the reagent in radical reaction 

treatment.  

 

2.2 Fabrication of CNT/SMP composites 

Here, the SMP and CNTs were used as the matrix 

and fillers, respectively, in the composite. In a 

typical fabrication, CNTs were dispersed in DMF by 

ultrasonication for 2 h. A solution of SMP in DMF 

was added to the suspension of CNTs, and the 

resulting mixture was stirred mechanically and then 

ultrasonicated for another 2 h. The completely 

dispersed mixture was then cast in a mold, and dried 

at 70 °C. Samples with various CNT loading (3, 7, 

and 9 wt%) and thickness (0.1, 0.5, and 2 mm) were 

prepared. For comparison, a pure SMP sample was 

also prepared. The quantities of CNTs and SMP 

were adjusted to prepare the various samples. 

 

2.3 Measurements 

Conductivities of the samples were tested by the 

four-probe method using a resistivity meter (MCP-

HT450/MCP-T610, Mitsubishi, Japan) as shown in 

Figure 1. The electrode gap of probe was kept at 1.5 

mm, and voltage is 90 V. The diameter of the 

samples was controlled at 44 mm. Samples for 

observation were fractured in liquid nitrogen and 

then coated with a Pt-Pd layer by sputtering, and 

then observed by field emission scanning electron 

microscopy (FESEM, S-5000, Hitachi). The 
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fractured section of layered structure was observed 

by optical microscope (OM) (VHX-1000, 

KEYENCE). The dynamic mechanical properties 

were measured using a dynamic mechanical thermal 

analyzer (DVA-225, ITK Co. Ltd., Japan). The 

measurements were performed using the tension 

model over the temperature range -30-90 °C at a 

frequency of 10 Hz. Liquid nitrogen was used to 

adjust the temperature below 0 °C. SE was measured 

using an EMI SE test system as shown in Figure 2. 

Samples with a diameter of 12 mm were used to 

match the holder of the equipment. 

 

 

 

 

 

 

 

 

 

Figure 1 Schematic diagram of the resistivity meter 

used to measure the conductivity of the composite 

materials. 

 

 

 

 

 

 

 

 

 

 

 
 

Figure 2 Schematic diagram showing the system 

used to determine the SE of the CNT/SMP 

composites. 

 

Mild hydrothermal treated CNTs were evaluated 

using X-ray photoelectron spectrometer (XPS). 

Mechanical properties were evaluated using tensile 

tester at room temperature. Film thickness is 0.1 mm 

and cut into dumbbell shape (JIS K6251 7). The data 

was used to study film’s mechanical behavior. 

Actuator performance was evaluated by measuring 

the bending displacement of the films using laser 

displacement meter, controller, digital electrometer 

and high-voltage power supply.  

Volume resistivity and permittivity of the film 

were also measured. Space charge measurement was 

done using pulsed electroacoustic non-destructive 

test system.  

 

3 Results and Discussion  

3.1 Conductivity of CNT/SMP composites 

The conductivities of CNT/SMP composites 

containing various CNT loadings were determined at 

room temperature. As shown in Figure 3, the 

conductivity increases sharply even when the 

loading of CNTs is low. When the loading of CNTs 

is 1 wt%, the conductivity increases to 1.26×10
-2

 

S/m, about 10 orders of magnitude higher than that 

of pure SMP. As the CNT loading increases, the 

proportion that the conductivity increases gradually 

reduces. When the CNT loading rises to 9 wt%, the 

conductivity reaches 35 S/m. These results indicate 

that the CNTs affect the conductivity of the 

composite more efficiently at a low loading. The 

increase in conductivity is attributed to the excellent 

intrinsic electrical conductivity and large aspect ratio 

of CNTs. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 3 DC conductivity of CNT/SMP composites 

containing various loadings of CNTs. 

 

In addition, the increase in the conductivity of the 

composites as the CNT loading increases is 

consistent with typical percolation behavior [9, 10]. 

It is believed that when the CNT loading reaches a 

certain threshold, a conductive network composed of 

CNTs begins to form in the CNT/SMP composites, 

causing a dramatic increase in the conductivity to 

occur around this threshold. In Figure 3, a 
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significant increase in the conductivity was observed 

between 0-1 wt%, indicating that the threshold was a 

loading of less than 1 wt%. It is well known that a 

uniform distribution of the filler favors the formation 

of a network at low loadings. Therefore, the low 

threshold for conductivity of the CNT/SMP 

composites confirms that the mixing process 

involving ultrasonic dispersion provides a uniform 

distribution of CNTs in the composites.  

 

3.2 Distribution of CNTs in CNT/SMP 

composites 

The distribution of CNTs in the composites was 

observed by FESEM. Figure 4 (a)-(c) show 

micrographs of sections of the samples with CNT 

loadings of 1, 3 and 7 wt%, respectively. The CNTs 

are uniformly dispersed in the SMP matrix, even 

when the CNT loading is 7 wt%. The amount of 

CNTs observed in the images increases as the CNT 

loading increases. Compared with Fig. 5 (a) and (b), 

a larger number of CNTs are observed in Figure 4 (c) 

for the composite containing 7 wt% CNTs, and some 

are so close that they connect with each other. The 

Figure 4 (d)-(f) confirm the uniform distribution of 

CNTs over larger areas of the samples. These 

images indicate that the uniform distribution of 

CNTs was widespread in the composites and not 

limited to a small area. 

The dramatic increase in the conductivity of the 

composites at low CNT loading observed in section 

3.1 indicated the formation of a conductive network. 

However, a CNT network was not readily observed 

by FESEM, especially at lower loading. This 

inconsistency could be explained by the micrographs 

in Figure 4 only showing sections of the samples, 

while the network is inside the whole sample rather 

than on these sections.  

The uniform distribution of the CNTs should be 

helpful for forming connections among CNTs even 

at a low loading, which affects the conductivity of 

the composites significantly. Therefore, these 

micrographs that show uniform distributions of 

CNTs support the improved conductivity found in 

section 3.1 The FESEM observations also confirm 

that ultrasonic dispersion was effective for 

producing composites containing well-dispersed 

CNTs. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 4  FESEM micrographs of CNT/SMP 

composites containing various CNT loadings: 

 (a), (d) 1 wt%; (b), (e) 3 wt%; (c), (f) 7 wt%. 

 

 

3.3 Shielding Effectiveness of EMI 

According to Maxwell’s equations, an 

electromagnetic wave is composed of electric and 

magnetic fields. An alternating electric field 

generates an alternating magnetic field, which in 

turn generates an alternating electric field. Therefore, 

an electromagnetic wave can be considered as a self-

propagating transverse alternating wave of electric 

and magnetic fields. There are two cases that should 

be considered for EMI shielding, the near-field and 

far-field. The far-field is defined as distances further 

than λ/2π between the radiation source and shielding 

material, where λ is the wavelength of the 

electromagnetic wave [5]. In this paper, the 

electromagnetic wave used to test shielding 

materials was limited to a plane wave in the far-field. 

The SE is expressed as: 

 

T

O

T

O

T

O

E

E
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H

P

P
log20log20log10SE         (1) 
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where PO, HO, and EO are the power, magnetic and 

electric field intensity when there is no shielding 

material; PT, HT, ET are the power, magnetic and 

electric field intensity in the presence of a shielding 

material.  

When an electromagnetic wave propagates to a 

shielding material, a typical process is as follows: 

part of the wave is reflected on the surface of the 

material, which strongly depends on the impedance 

matching; part of the wave is absorbed, and 

dissipated as heat; part of the wave is multi-reflected 

inside the shielding material; and the others 

penetrate through the material. Based on the 

description above, electromagnetic wave shielding is 

mainly dominated by three functions: reflection 

(SER), absorption (SEA), and multi-reflection (SEM), 

giving Eq. (2): 

 

SE= SER+ SEA+ SEM                                             (2) 

These three functions further relate to the intrinsic 

permittivity, permeability, conductivity, and 

thickness of the material and the frequency of the 

electromagnetic wave. 

The skin depth (δ) is defined as the distance at 

which the electric field decreases to 1/e of its 

incident strength, which is expressed as follows: 

 

  f1                                      (3) 

where f is the wave frequency, µ is the permeability, 

and σ is the electrical conductivity in S/m. The 

prepared CNT/SMP composites can be regarded as 

nonmagnetic, thus µ=µ0=4π×10
-7

 Hm
-1

, where µ0 is 

the permeability in free space. 

When the shielding material is thicker than the 

skin depth, the multi-reflection is effectively reduced, 

especially in the case when SEA ≥15 dB [26]. 

Therefore, for a very approximate analysis, the 

multi-reflection can be ignored, and Eq. (2) 

simplifies to: 

 

SE= SER+ SEA                                                              (4) 

 

According to Al-Saleh et al. [29], for conductive 

materials, SER and SEA can be described as 

followings: 

 





f2
log105.39SE R                              (5) 




fd
d

7.87.8SE A                            (6) 

 

where d is the thickness of the sample. According to 

Eq. (5) and Eq. (6), it is apparent that when f and µ 

are defined, the reflection depends on the 

conductivity, while the absorption is determined by 

both the thickness and conductivity of the material. 

Therefore, the total SE is a function of the frequency, 

thickness and conductivity, and is expressed as: 

 





fd

f
7.8

2
log105.39SE                (7) 

 

CNT/SMP composites with various CNT loading 

and thickness were measured for their SE over the 

frequency ranges of 4-7 and 13-16 GHz. The SE was 

plotted as a function of frequency to investigate the 

effect of material thickness (Figure 5). The SE 

curves were recorded for composites containing 7 

wt% CNTs with thicknesses of 0.1 and 0.5 mm. 

As shown in Figure 5 (a), the SE of the sample 

with a thickness of 0.5 mm is greater over the entire 

frequency range of 4-7 GHz than that of the sample 

that is 0.1 mm thick. Almost the same pattern is 

observed for the SE curves of the same samples 

between 13 and 16 GHz (Fig. 2-6(b)). These results 

demonstrate that the thickness of the sample had a 

great effect on the SE, with the thicker sample 

exhibiting an increased SE. According to Eq. (3), the 

thickness of the samples (0.1 and 0.5 mm) is less 

than the skin depth, so the influence of multi-

reflection cannot be ignored. Therefore, the 

dependence of the SE on the thickness could be 

attributed to both the increased absorption and the 

influence of multi-reflection as the thickness 

increases. 

Figure 5 also revealed the effect of frequency on 

the SE of the composite films. For the curves 

displayed in Figure 5, the SE tends to increase with 

the frequency, which can be seen more clearly by 

comparing Figure 5(a) with Figure 5(b). The average 

SE for each frequency range was calculated to 

further confirm this tendency. For the sample with a 

thickness of 0.1 mm, the average SE was 1.92 dB 

over 4-7 GHz, and this value increased to 4.76 dB 
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over 13-16 GHz. The average SE was 8.65 dB over 

4-7 GHz for the sample that was 0.5 mm thick, and 

this increased to 11.35 dB for the 13-16 GHz range. 

The disparity of the SE between the two frequency 

ranges confirms the tendency of the SE to increase 

with frequency.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 5  SE of CNT/SMP composites containing 7 

wt% CNTs and film thicknesses of 0.1 and 0.5 mm 

at: (a) 4-7 GHz, and (b) 13-16 GHz. 

 

The SE of samples containing 9 wt% CNTs was 

also measured and the results are plotted in Figure 6. 

The SE curves exhibit a similar trend to those from 

the composite containing 7 wt% CNTs, where the 

SE increases with both the thickness of the sample 

and the frequency. It is speculated that when the 

loading of CNTs was 9 wt%, the influences of 

thickness and frequency on SE were still based on 

the same shielding mechanism as for the composite 

containing 7 wt% CNTs. The enhanced SE of the 

composite containing 9 wt% CNTs compared with 

that containing 7 wt% reveals the positive effect of 

conductivity on the SE. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 6  SE of CNT/SMP composites containing  

9 wt% CNTs with thicknesses of 0.1 and 0.5 mm 

over frequency ranges of: (a) 4-7 GHz,  

and (b) 13-16 GHz. 

 

The SE of samples with a thickness of 2 mm and 

CNT loadings of 3, 7 and 9 wt% were measured 

over the frequency range of 13-16 GHz (Figure 7). 

The SE increases significantly as the CNT loading 

increases. For the sample containing 3 wt% CNTs, 

the average SE over 13-16 GHz was 7.68 GHz, 

while the samples containing 7 and 9 wt% CNTs 

showed average SE of 17.31 and 28.46 dB, 

respectively. These results show that the composites 

with higher conductivity achieved higher SE. A 

maximum SE of almost 35 dB was realized for the 

sample containing 9 wt% CNTs at a frequency of 16 

GHz.  
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Figure 7  SE of CNT/SMP composites with a 

thickness of 2 mm with various CNT loadings  

(3, 7 and 9 wt%) over 13-16 GHz. 

 

The samples containing 7 and 9 wt% CNTs are 

assumed to behave as conductive materials. 

According to Eq. (3), a thickness of 2 mm is greater 

than the skin depth. Therefore, the SE of these two 

samples was calculated using Eq. (7) to compare 

with the experiment results. As shown in Figure 8, 

the calculated SE exhibits a fairly similar trend to 

the experiment results for the samples containing 7 

and 9 wt% CNTs. However, the difference between 

the calculated and observed results cannot be 

ignored. Figure 8 shows that Eq. (7) provides 

approximate predictions for the SE of 2 mm thick 

samples containing 7 and 9 wt% CNTs over 13-16 

GHz. Without regard for precise measurements, the 

difference present between the experimental and 

calculated SE may be attributed to the neglect of 

multi-reflection and the assumption that the 

composites are conductive materials. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 8 Comparison between calculated and 

experiment results for the SE of CNT/SMP 

composites with a thickness of 2 mm and CNT 

loadings of 7 and 9 wt%. 

 

 

3.4 Mechanical Properties of modified CNT/SMP 

composites 

Effect of modified CNTs in polar solvent (DMF) 

were investigated. All CNTs dispersed well in DMF 

after mixture. Pristine CNTs precipitated while 

modified CNTs were uniformly dispersed in DMF. 

MMA were attached to the surface between CNTs in 

the radical reaction treatment thus helped it to 

improve the dispersion. Meanwhile, in the mild 

hydrothermal treatment, oxygen functional groups 

were introduced to the surface of CNTs thus helped 

it to disperse uniformly in polar solvent.  
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Figure 9 Stress-strain curves with different 

modifications of CNT surface. 
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Figure 9 of stress-strain curve of each film gives 

that mechanical properties of SMP/CNTs films were 

relatively improved than SMP film due to the 

modification. MMA films have higher strain and 

lower Young’s modulus than KOH and KPS films. 

MMA films are softer and more elastic, which are 

desirable for actuation.  

 

  

 

 

 

 

 

 

 

 

 

 

 

   (a) SMP 

 

 

 

 

 

 

 

 

 

 

 

 

 (b)SMP/MMA 0.1 wt.% 

 

Figure 10  Bending characterization of repetition 

loading on actuators. 

 
3.5 Actuation Performance  

The films bent when DC voltage is applied, and 

the bending displacements occurred. The bending 

displacement was also dependent on the voltage 

applied and increased as the applied voltage 

increased. Coated films showed bigger displacement 

than uncoated films and coated MMA 0.1 wt.% 

showed the highest. Voltage could be applied 

uniformly and bending moment was higher when 

coated. Bending displacement increased with 

increasing CNTs content for almost all cases, except 

for uncoated and coated KOH 0.5 wt.%. SMP/CNTs 

films showed higher bending displacement than 

SMP films, and MMA films showed better actuation 

than KOH and KPS films overall.  

The evaluations had been focused on silver-coated 

SMP and SMP/CNTs 0.1 wt.% films. Repetitive 

voltage was applied to the films and the result for 

SMP/MMA0.1wt.% is shown in Figure 10. The 

films bent to the cathode side when the voltage was 

applied and reverted almost to its original position 

but not completely when the voltage was removed. 

The films are considered as an elastic body and 

showed elastic recovery when the voltage was 

removed. The bending displacement of each film 

was similar with the repetition of voltage. This 

phenomenon is considered as a kind of memory, 

where the electric field reminds the films of the 

electrically memorized strain. 

 
4 Conclusions  

In this work, CNT/SMP composites containing 

well-dispersed CNTs were prepared by ultrasonic 

dispersion of the materials in DMF. The uniform 

distribution of the CNTs was confirmed by FESEM 

observations. The conductivity of the composites 

depended strongly on the CNT loading, and 

increased as the CNT loading increased. The 

conductivity reached 35 S/m when the CNT loading 

was 9 wt%. The SE of the composites was measured 

over 4-7 and 13-16 GHz, and the highest SE of 

nearly 35 dB was achieved for the composite with a 

thickness of 2 mm containing 9 wt% CNTs. The 

results indicated that the SE increased significantly 

as the thickness and conductivity of the composite 

increased. Furthermore, the SE of the composites 

was also greater at higher frequency. 

In the case of the carbon nanotubes treated by 

radical reaction and mild hydrothermal treatment, 

the developed nanocomposites have shown a good 

mechanical properties and electroactive actuation. 

They keep high strain recovery ability after 

repetitive loading cycles. This will lead the 

developed materials can be utilized for the cycle 

application with any shape in daily life. Electrical 

properties of developed films of SMP/treated CNT 

are discussed according to the volume resistivity and 

space charge measurement results. In the actuation 

behavior, the films bent to the cathode side when 
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voltage is applied and reverted to its original 

position when voltage is removed. Each type of 

CNTs modification has unique effects on the 

actuator performance. 
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1 Introduction  

Continuous fiber reinforced thermoplastic 

composites have been attractive material system due 

to the recycle ability and secondary processing in 

recent years. The fabrication of continuous fiber 

reinforced thermoplastic composite involves two 

problems. The first one is that thermoplastics as 

matrices generally have high melt viscosity so that it 

is difficult to impregnate resin into reinforcing fiber 

bundle. To overcome this problem, intermediate 

materials with CF and thermoplastic fiber have been 

developed. Since thermoplastic resin is located close 

to reinforcement fiber bundle, impregnation 

performance of thermoplastics is excellent [1]. The 

other one is low interfacial properties between the 

fiber and matrix. It is considered that interfacial 

properties in continuous fiber reinforced 

thermoplastic composites can be characterized by 

the wetting ability and chemical interaction between 

fiber and matrix. Wetting ability would affect resin 

impregnation state during molding while chemical 

reaction affects composite strength. Therefore, 

interface design of CFRTP is very important to 

obtain composite materials with improved process-

ability and mechanical performance. 

The objective of this research is to improve the 

both impregnation state and interfacial properties by 

using surface treatment on carbon fiber. To achieve 

this objective, low molecular weight polypropylene 

(L-PP) were used for CF/L-PP composite, and low 

molecular weight polycarbonate (PC) were used for 

CF/PC composite. 

 

 

 

1.1 MBY 

 Micro-braided yarn (MBY) is one of the inter 

mediate materials. MBY with CF and thermoplastic 

fiver have been developed by using Japanese 

traditional braiding resin fibers around 

reinforcement fiber bundles as shown as Fig. 1. 

Braided fabric was Braided fabric consists of only 

diagonally-oriented braiding yarn as shown in Fig. 2. 

Braided fabric-MEY consists of diagonally-oriented 

braiding yarn and longitudinally-oriented middle–

end-yarn as shown in Fig. 3.  Using this character, 

MBY can be changed volume fraction of fiver (Vf) 

easily.   

 

 

2 Surface treatment for carbon fiber by L-PP 

2.1 Intermediate material 

 The materials used in this study were carbon fiber 

as the reinforcement (T700SC-1200, TORAY), and 

Polypropylene (PP) fibers as matrix resin.  

The carbon fibers were treated by using L-PP with 

various conditions at 0.0, 2.1wt%.  

To evaluate the impregnation state and 

mechanical properties were fabricated. Untreated 

and L-PP treated carbon fibers were braided with PP 

fibers to yield MBY.[2,3]  

 

2.2 Molding method 

Prior to compression molding process for 

fabricating the composites, the MBYs was wound 

onto a parallel metallic frame with a 20 ×340 mm 

equipped with a spring mechanism to prevent 

thermal shrinkage during molding, as shown in Fig. 

5. The wound flame was then placed into a 

preheated mold size 20×200 mm before performing 
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compression molding at 200℃  with a molding 

pressure of 10 MPa for 60 minutes. Cooling was 

subsequently performed by running water though the 

mold while keeping the specimens under constant 

pressure. 

 

2.3 Cross-sectional observations  

The cross section of each molding was observed 

with the optical microscope. For the observation on 

cross section, the samples were emery grinded 

(#100~#2,000) and buffed (alumina particle, average 

particle size: 100 nm) after they were embedded in 

epoxy resin. Fig. 5(a) shows the impregnation state 

by cross-sectional photographs of composites by 

untreated. Fig. 5(b) shows the impregnation state by 

cross-sectional photographs of composites by treated 

with L-PP. Black region inside of fiber bundle was 

un-impregnated region without resin. Un-

impregnation ratio of using un-treated CF is 0.0%, 

and un-impregnation ratio of using CF treated by L-

PP is 3.0%. It is found from this that impregnation 

property became lower by treating by L-PP. 

 

2.4 Interfacial adhesion properties 

 Micro-droplet test was performed to investigate 

interfacial adhesion and evaluated interfacial shear 

strength of the CF/PP inter face , the resin fiber was 

melted by using a hot plate at 220℃ and a small 

droplet of resin was applied to a single fiber . micro-

droplet test machine HM410 (Tohei Sangyo) was 

used with a fiver pull-out speed of 0.03mm/min. 

when the micro-droplet touches the knife edges, the 

interface is solicited in shear mode   

 Fig. 6 show SEM photographs after micro-droplet 

teat for un-treated and treated by L-PP In the case of 

un-treated, there is no resin. But in case of using CF 

treated by L-PP, the resin remains on surface of 

carbon fibers. This shows that interface intensity 

rose by the surface treatment. 

 

2.5 Bending test for CF/PP 

3point bending test of unidirectional composites 

was performed by using an INSTRON universal 

testing machine (model 4206). As shown in Fig. 7 

the specimen size was 50mm in length, 15mm in 

width and 2.0mm in thickness. The span length was 

25mm and the test speed was 1mm/min. 

 Table1 shows bending abilities of composites. 

Value of strength and modulus of treated by L-PP 

are higher than un-treated one. It is find that tensile 

strength and tensile modulus improved owing to 

treatment by L-PP. 

 

2.4 Conclusion 

 The surface treatment by L-PP was effective to 

advance surface adhesion and mechanical properties, 

but for impregnation properties, there is not effective. 

To wrap up, it is find that Impregnation and 

adhesiveness are not necessarily in agreement. 

 

 

3. Surface treatment for carbon fiber by PC 

3.1 Impregnated tape for CF/PC 

Carbon fibers (T700-6000-SC, TORAY), and 

Carbon fibers (PYROFIL TR50S12L) were used as 

the reinforcing fiber. PC resin powder with low 

molecular weight (H-4000, Mitsubishi Gas 

Chemical Company Inc.) was used as the matrix 

resin. The powder was dissolved in methylene 

chloride with concentration of 5.0wt% and 3.3 wt%. 

 Pre-impregnated tape was prepared by dipping 

continuous fiber into the solution with sizing 

machine as shown in Fig.8. The resin content on 

fiber bundle was 4.6 wt% and 2.7wt%. 

 

3.2 Molding method 

3.2.1 For cross-sectional observations 

In order to investigate the impregnation state of 

molding, unidirectional composite was fabricated as 

shown in Fig.9. Carbon fibers (T700-6000-SC, 

TORAY) treated by PC solution of 5wt% of 

concentration was used in this molding. Fiber 

bundles were wound 36 times unidirectional-aligned 

on metal flame. 3 types of composite were 

fabricated; sample-1 was fabricated by sandwiching 

dry carbon fiber with PC film (FE200B, 50 micro-

meter of thickness), sample-2 was fabricated only 

with pre-impregnated tape, sample-3 was fabricated 

by sandwiching pre-impregnated tape with PC film.  

2 layers of films were inserted at both surface and 3 

layers of films were inserted between fiber bundles. 

 

  It was molded by heating and compression molding 

method. Molding pressure was 7MPa, molding time 

was 10min, and molding temperature was 290 

degree Celsius. Finally, unidirectional plate (20mm 
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in width, 200mm in length) was molded and cross-

sectional observation was carried out. 

 

3.2.2 For tensile test 

Carbon fibers (PYROFIL TR50S12L) treated by PC 

solution of 5wt% and 3.3wt% concentration was 

used in this molding.  Specimens for tensile test 

were fabricated by sandwiching pre-impregnated 

tape with PC film. 2 layers of films were inserted at 

both surface and 3 layers of films were inserted 

between fiber bundles. It was molded by heating and 

compression molding method. Molding pressure was 

7MPa, molding time was 10min, and molding 

temperature was 290 degree Celsius. Finally, 

unidirectional plate (20mm in width, 200mm in 

length) was molded and cross-sectional observation 

was carried out. 

 

 

3.3 Cross-sectional observations 

Fig. 10 shows the photographs of the cross section.   

Then, un-impregnation ratio of each specimen 

was calculated. Un-impregnation ratio was defined 

as the area of un-impregnation area divided by the 

cross section of the molding.  Table 2 shows un-

impregnation ratio of each composite.  Even the 

resin film was required as appropriate content of  

 

matrix, the impregnation state was greatly 

improved by using pre-impregnated tape.   

3.4 Tensile test  

Tensile3 test of unidirectional composites was 

performed by using an INSTRON universal testing 

machine (model 4206). The specimen size was 

200mm in length, 20mm in width and 2.0mm in 

thickness. The distance between chuck was 100mm 

and the test speed was 1mm/min, as shown as Fig. 

11. 

 Fig. 12 shows tensile abilities. Both strength and 

modulus are an almost fixed value. It is find that 

concentration of PC solution hardly influences. 

 

3.5 Conclusion 

In this study, in order to improve the both 

impregnation state and interfacial properties, surface 

treatment by using the resin with low molecular 

weight and same materials with matrix resin was 

proposed.  According to the molding, it was clarified 

that the impregnation state was greatly improved by 

using pre-impregnated tape after sizing treatment.   

But for mechanical properties, sizing treatment by 

using the resin with low molecular weight effect 

changes with resin. 
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Fig. 1 Fabrication of Micro-braided yarn(MBY) 

 

 

 

 
(a)Braided fabric                                             (b) Braided fabric-MEY 

 

Fig. 2 Structure of braided fabric 

 

 

 

Fig. 4 Fabrication method of 

unidirectional specimens 
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(a) Cross sectional photographs of composites consist of un-treated CF and PP 

 

 

 

 

(b) Cross sectional photographs of Composites consist of CF treated 2.1wt% L-PP and PP 

Fig. 5 Cross sectional photographs of Composites consist of CF and PP 
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(a)Un-treated                                                            (b)Treated by L-PP 

Fig. 6 SEM photographs of after micro-droplet test 

 

 

 
Fig. 7 Size of specimens for bending test 

 

 

 
Fig.8 Sizing method. 
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Table1 Results of three point bending test. 

 Un-treated 
Treated 

by L-PP 

Strength (MPa) 110.05 235.66 

Modulus (GPa) 18.22 47.91 

 

 
Fig.9 Molding method of CF/PC 

 

 

 

 
Fig.10 Cross-sectional observation of CF/PC 
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Table 2 Un-impregnation ratio of CF/PC 

Sample number 1 2 3 

Un-impregnation 

ratio (%) 
40.1 27.5 2.1 

 

 

 

 

 
 

Fig. 11 Fig. 9 Size of specimens for tensile test 

 

 

 

 

 

 

Table3 Results of three point tensile test. 

Concentration of 

treatment (wt%) 
3.3 5.0 

Strength (MPa) 1367.27 1455.12 

Modulus (Gpa) 164.13 152.74 
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1 Introduction  

Fiber Metal Laminates (FML) are new kind of 

hybrid composite materials [1]. The major 

advantages of FMLs are their superior fatigue 

resistance, high strength properties, impact and 

corrosion resistance [1,2]. Low-velocity Impact 

resistance is a one of the important issue for 

composite structures, particularly in aerospace. 

According to Sohn et al. [4] impact damage is 

occurring during pre-flight and taxiing operations, 

runway debris, hail, or bird strikes, maintenance 

damage (e.g., dropped tools), collision between 

service cars or cargo and the structure, ice from 

propellers striking the fuselage, engine debris and 

tire shrapnel from tread separation and tire rupture. 

In recent years, several studies had been conducted 

to investigate failure mechanisms after impact. 

Impact damage of GLARE, and other aluminum-

based FMLs have been examined by Vlot et al. [5] 

and other researchers [6-9]. Lawcock et al. [9] 

characterized the effect of fiber/matrix adhesion on 

the impact properties of carbon fiber-reinforced 

metal laminates. The purpose of the study was 

identification of failure differences in carbon 

composite laminates after low velocity impact. 

2 Materials and methodology 

The subject of examination were carbon fiber 

reinforced polymer composites (CFRP) and carbon 

fiber metal laminates composed of thin aluminum 

layers with carbon reinforced polymer (Al/CFRP). 

The 2024-T3 aluminum alloy sheets with 0.5 mm 

thickness were used. The composite layers in both 

kind of materials were consists of unidirectional 

prepregs (Hexcel, USA) based on AS7J high-

strength carbon fibers with epoxy matrix resin 

(thickness of 0.131 mm). The nominal fiber content 

was about 60 vol.%. Before laminating, the surface 

of aluminum alloy sheets were anodized in chromic 

acid electrolyte and next, adhesive primer to 

improve bonding with fiber reinforced polymers was 

applied. The final thickness of both type composites 

was about 1.5 mm. Al/CFRP Laminates were 

prepared as 2/1 in the Al/CFRP(0/90)2/Al sequence. 

CFRP composites were prepared in configurations 

(0/90)6. All subject materials has been produced at 

the Department of Materials Engineering in Lublin 

University of Technology (Poland) by autoclave 

method  (Scholz Maschinenbau, Germany). 

Samples were subjected to low velocity impact in 

room temperature by using a drop-weight impact 

tester (INSTRON 9340). It was used a hemispherical 

impactor tip with a diameter of 0.5 and 1.5”. All 

tests were conducted based on ASTM D7136 

standard different energies – 2.5, and 5J. After 

impact samples were tested by using NDT and 

microscopic methods to note failure of laminates. 

3 Results and discussion 

Typical examples of samples damage after low 

velocity impact shows Figure 1 (ultrasonic view). 

 

Fig. 1. Impact damage of CFRP (0/90)6 under 2.5 J 

low-velocity impact (phased array view). 

It can be seen that impact phenomena causes internal 

failure in both kind of composites [4,7]. Composites 

can contain barely visible impact damage (BVID). 

The damage area of CFRP it is quite similar to FML, 
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but in FML it include plastic deformation also. 

Moreover the ultrasonic view shows that the damage 

has delaminations character because the shape of 

failure depends on the layer configuration [7] and it 

can be noted differences in attenuation of ultrasonic 

waves – delaminations between different layers. 

FML damage is characterized by plastic deformation 

where is difficult to say about failure nature. Failure 

after impact is presented on Figure 2. 

 

 

Fig. 2. Cross section of CFRP (a) and Al/CFRP (b) 

after 5J impact. 

Presented fracture of composites indicates the 

complex character of material failure after low 

velocity impact especially for classic composite 

laminates (CFRP). Matrix damage is the first type of 

failure. The second is debonding between fibre or 

matrix also and for FMLs between metal and 

composite. It can be noted delaminations with 

cohesive and adhesive nature. The same 

observations are in another studies [7,9]. Numerous 

transverse cracks between layers arranged in a cone 

(top of the impact location - impacted side) were 

observed especially for CFRP composite (Fig. 2a). 

They are connecting numerous delaminations 

between the layers. For Al/CFRP this type of crack 

were noted, but much less. Transverse cracks are 

located in circumference of impact point [4]. They 

are through all thickness of polymer inside FML. 

Actually, transverse cracks are the only mechanism 

for the destruction of FMLs after impact to 5J 

impact energy. For them higher energies cause 

delaminations, especially in the interface of the 

metal and composite [7-9].  

4 Conclusions 

-  Failure of classic composite materials is complex. 

The most common are delaminations in cohesive 

interface and connecting them by transverse cracks. 

- CFRP laminates are degraded in a determined 

manner. Cone transverse cracks, radiating from the 

point of impact, many delaminations connected 

together were observed. 

- Fiber Metal Laminates characterized by much less 

transverse cracking without delaminations in favor 

of metal-composite interface degradation. 

- Fiber Metal Laminates have better low velocity 

impact resistance taking into account the caused 

failure. 
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1 General Introduction  
Advanced filamentary composite architectures that 
incorporate hierarchical fibers sheathed with 
radially-aligned arrays of high-aspect-ratio carbon 
nanotubes (CNTs)—so-called “fuzzy fiber” 
reinforced plastics (FFRPs)—–have been 
demonstrated to enable significant improvements in 
fracture toughness [1], interlaminar shear strengths 
[2], and multifunctional properties [3] critical to 
widening the performance envelopes and 
applications of traditional aerospace composites. To 
date, however, development of carbon fiber-based 
FFRPs (CFFRPs) in which in-plane mechanical 
properties are also preserved has been challenging. 
Growth of CNTs on carbon fibers via chemical 
vapor deposition (CVD) has to date only been 
achieved at the expense of significant strength 
loss—up to 55% [4].  Additionally, since carbon 
fiber substrates exhibit poor wettability towards 
typical CNT growth catalyst materials, prior 
attempts at growing CNTs on carbon fibers (CFs) 
have typically used detrimental surface treatments 
such as acid or electrochemical etching in order to 
achieve high-yield nanotube growth which can also 
cause fiber surface pitting and dissolution.  Together 
these two problems substantially diminish in-plane 
strength of resultant hierarchical composites. A 
novel method for high-yield growth of CNTs on CFs 
that does not result in reduced fiber tensile strength 
is presented and for the first time enables advanced 
CNT/CF hierarchical composites with preserved in-
plane mechanical properties. A scalable, non-
covalent functionalization technique coupled with a 
low temperature CNT growth process was 
demonstrated to be effective at maintaining fiber 
strengths using single-fiber mechanical tests. 
Successful scale-up and tensile testing of 
unidirectional CFFRP specimens prepared using this 
technique are presented here and the ply-level 
properties of these nanoengineered composites are 
assessed. 

2 Strategies for Preserving CF Properties 

2.1 Non-Covalent Functionalization via K-PSMA  

In order to achieve high-yield CNT growth on CFs 
without compromising filamentary properties, a non-
covalent functionalization method was developed to 
improve CF wettability towards CNT catalyst 
precursor solutions. Previous work has demonstrated 
the efficacy of non-covalent coatings based on 1.5 
wt % hydrolyzed polystyrene-alt-maleic anhydride  
(h-PSMA) [7][8] for functionalizing CFs with 
carboxylic acid moieties without degrading fiber 
strength [9]. By preparing a polyelectrolyte from h-
PSMA, a new functional coating, potassium 
polystyrene-alt-maleic acid (K-PSMA), was found 
to facilitate iron catalyst ion (Fe3+) adhesion onto CF 
surfaces without detrimental surface treatments [1]. 
In a typical experiment, a 0.25 wt % K-PSMA dip-
coating solution was prepared as follows.  A solution 
of 1.4 grams of polystyrene-alt-maleic anhydride 
(PSMA) in 25 mL of acetone was gradually mixed 
with 300mL 0.3M aqueous sodium hydroxide, 
stirred for 3 hours, and acidified with 0.1M nitric 
acid to a pH of 8. Acetone was rotary evaporated out 
of the solution and potassium carbonate was added 
until a pH of 11 was attained. Finally, water was 
added to yield 0.25 wt % K-PSMA. 
 
The unsized (i.e., never-been-sized) TohoTenax 
HTR-40 24K tow was selected as the CF substrate to 
prevent possible introduction of damage from 
desizing a sized product. Tow segments were dip-
coated in 0.25 wt % K-PSMA solution for 5 min., 
spread over smooth rollers to ensure uniform 
coating, and subjected to drying under vacuum 
pressure of 91 kPa at ~80°C for 5 minutes while 
under low tension to preserve collimation.   

2.2 Catalyst Deposition 

The K-PSMA functionalized tow was dip-coated for 
5 min in a catalyst solution of 0.05M 
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Fe(NO3)3·9H2O in isopropanol that had been mixed 
and stirred for 1 hour. Subsequently, the tow was 
dried under vacuum pressure of 91 kPa at  ~80°C for 
5 minutes. 
 
2.3 Low-Temperature CNT growth 
Previous in-depth heat treatment studies demonstrate 
that typical thermal CVD temperatures for CNT 
growth at ~730°C correlate to large CF strength loss 
in inert environments [9]. Further in-depth heat 
treatment studies on the same CF substrates revealed 
a threshold temperature for fiber strength reduction 
[6]. As a result, a low-temperature thermal CVD via 
oxidative dehydrogenation of acetylene and carbon 
dioxide was implemented at 480°C [8], enabling 
high-yield CNT growth below the threshold 
temperature above which CF damage occurs. 
Fe3+/K-PSMA dip-coated tows were placed inside a 
fused quartz tube (25 mm OD, 22 mm ID, 30 cm 
length) housed inside a Lindberg/Blue M MiniMite 
furnace. After flushing the tube and lines for 2 
minutes with 750 sccm of Ar, H2 was introduced at 
400 sccm, Ar reduced to 200 sccm, and the 
temperature ramped to 480°C. Once at set  point 
temperature, H2/Ar were turned off before flowing 
CO2 as well as a 10% C2H2 in Ar mixture for 15 
minutes at 17 sccm and 167 sccm respectively. 
During cool down, Ar was once again flushed 
through the tube at 750 sccm. 

 

2.4 CNT Growth Results 

Scanning electron microscopy (JEOL 6060) reveals 
CNT lengths averaging 1-2 microns (Figures 1 and 
2). Additionally, circumferential growth was 
observed around individual fibers indicating that the 
0.25 wt % K-PSMA function coating is effective at 
allowing iron catalyst adhesion, thus successfully 
forming a fuzzy carbon fiber tow. 

 

Fig. 1. 1500X magnified SEM image of HTR-40 
coated with Fe3+/K-PSMA and CVD processed at 
480°C 

 

Fig. 2. 2300X magnified SEM image of HTR-40 
coated with Fe3+/K-PSMA and CVD processed at 
480°C 

 

2.5 Single Filament Mechanical Testing Results 

To assess the effects of the applied polymer coating 
and low temperature CVD on fiber tensile 
properties, single filament testing was conducted for 
CVD processed fuzzy HTR-40 fibers as well as 
baseline as-received HTR-40 fibers. In accordance 
with the ASTM D3379 [12] standard, samples with 
25 mm gauge length were strained at 400 µstrain/s, 
and loads were measured in the MTS UTM Nano 
tensile tester. Weibull distributions [15] for both 
baseline and fuzzy CF are plotted in Figure 3 and 
indicate no strength degradation from CNT growth 
[6]. 
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Fig. 3. Fitted Weibull Distributions of Baseline 
and Fuzzy CF single filament strengths [6].  

 

3 Scale-up to Unidirectional Composite Samples 

3.1 Fuzzy Carbon Fiber Composite Fabrication 
at High Fiber Volume Fraction 

In order to assess the effects of CNT presence on in-
plane properties of aerospace composites, both 
unsized as-received tows and fuzzy CF tows were 
impregnated with the Hexcel RTM 6 aerospace 
grade resin system for unidirectional composite 
testing. Whereas impregnated tow standards of ISO 
10618 [13] and SACMA 16R-94 [14] were studied, 
the ASTM D4018 [10] was selected for its 
widespread use by the carbon fiber manufacturer. 
Further, to directly compare experimental values 
with aerospace composites, specimen fiber volume 
fractions (Vf) must be fabricated to high values 
typically used in the industry (~60%). A resin 
impregnation process was developed as follows: 
Tows were tensioned lightly (to maintain 
collimation) and inserted into a Teflon groove. A 
Teflon plug was then slowly lowered into the groove 
(Figure 4), thus forming a channel surrounding the 
tow that will be infused with resin – effectively 
constraining the specimen Vf  [16].  
 
The tow and mold assembly was then sealed and 
vacuumed in a resin infusion table (Figure 5). Both 
the table and a resin source were heated to 90 
degrees Celsius while the table vacuum was adjusted 
to a gauge pressure of 93 kPa. Next, the table inlet 
valve was opened to initiate infusion through the 
Teflon channel. Once resin reached past the channel 
exit, the valve was closed off and the table was 

subjected to curing at 160°C for 75 min., and 180°C 
for 120 min.   
 

20mm 20mm

 
Fig. 4. Teflon plug is lined up with the lip of the 
groove (left) before being lowered into the groove 
(right). A channel is thus formed for resin 
infusion [16]. 
 
 

 
Fig. 5. Resin Infusion Table Setup. Resin flows 
from source/valve on left through the channel 
and exits to vacuum on right. 

 
Specimens were subsequently extracted by 
separating Teflon mold halves, yielding a CF Vf of 
~67%. Tabbing in accordance with ASTM D4018 
was then achieved by gluing the impregnated tow 
within a thermoset epoxy layer bounded by 
sandpaper (Figure 6). Tabs were separated by a 
gauge length of 150 mm and final sample cross 
section dimensions were 1.25 mm wide by 1.15 mm 
tall.   
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21cm  
Fig. 6. Final 67% Vf Tabbed Unidirectional 
Composite Tensile Specimen 

 

3.2 Fuzzy Carbon Fiber Composite Testing 

Testing was conducted on the Instron 1332 load 
frame with load measured from a 220 kN capacity 
cell. Sample surfaces were spray painted white and 
speckled with black ink prior to being placed 
between grips at 2.1 MPa. An optical camera 
acquired sample images every 250 ms and a 
synchronized load measurement was taken while the 
sample was strained 1mm/min until failure. Strain 
values were then calculated utilizing the Vic2D™ 
software towards the center of the specimen. A 
typical stress-strain curve is curve is shown in 
Figure 7 exhibiting the increasing modulus of strain 
as general observed for ex-PAN-based carbon fibers 
[17].  
 
 

 
Fig. 7. Typical composite stress-strain curve for 
baseline unidirectional specimen with Vf = 67%. 

 

4 Tensile Testing Results for High Fiber Volume 
Fraction Specimens (Vf = 67%). 

In accordance with the ASTM D4018 standard, 
implied fiber stress values were determined for both 
high fiber volume fraction baseline (CFRP) and 

fuzzy fiber (CFFRP) specimens. Figure 8 reproduces 
previously reported values [16] of 3 samples for  
each subset.  

It was found that implied fiber chord modulus values 
were preserved as was consistent with single 
filament testing results [6]. Implied fiber strength 
values demonstrate a slight decrease in the means of 
7%. Because single fiber results indicate a 
preservation of fiber strength, it was hypothesized 
that damage may be introduced during the 
manufacturing of composite specimens. As fibers 
were transversely compressed to high fiber volume 
fractions of 67% (low inter-fiber distances), high 
transverse stresses [21] may induce fiber damage as 
Teflon mold halves were brought together.   

 

 

Fig. 8. Implied longitudinal fiber modulus (top) 
and fiber strength (bottom) values from 
unidirectional composite specimens. Three data 
points were taken for each subset [16]. 
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Therefore, it is important to perform a study that 
decouples this manufacturing effect by fabricating 
specimens with minimal transverse compression via 
low fiber volume fraction specimens. 

 

5. Low Fiber Volume Fraction Study (Vf = 37%) 

5.1 Low Fiber Volume Fraction Specimen 
Fabrication  

To eliminate transverse compression on fuzzy CF 
tows, new Teflon molds were precision machined 
with a larger infusion channel designed for a fiber 
volume fraction of 37%. This newly targeted volume 
fraction was selected by considering effective fuzzy 
fiber diameters (including CNT lengths) and realistic 
packing scenarios that would ensure no transverse 
stresses to arise from Teflon mold compaction.  All 
other fabrication steps were retained to provide 
comparable testing specimens. The same unsized CF 
24K tow was impregnated. 

Because of the larger channel areas formed by the 
Teflon molds, infusion characteristics have 
drastically changed. An experimental parametric 
study was implemented, investigating the effects of 
infusion vacuum levels, resin flow throttling via 
inclusion of porous medium within the table, 
diversion of air pockets, and pulsated vacuum on the 
quality of the resultant part. Samples were inspected 
for any surface defects, which were subsequently 
filled in with two part epoxy systems to relieve 
stress concentrations. Resultant specimens have 
cross sectional dimensions of 1.15 mm by 2.2 mm 
while gauge lengths between tabs are held at 150 
mm. 

 

 

Fig. 9. Final 37% Vf Tabbed Unidirectional 
Composite Tensile Specimen 

 
 

5.2 Low Fiber Volume Fraction Tensile  Testing 
Result 

3 low Vf CFRP and 1 CFFRP specimens were tested 
utilizing the same loading conditions outlined for the 
high Vf samples. ASTM D4018 stipulates the 
successful testing of a minimum of 4 samples that 
fail away from the specimen tabs. As a result, the 
following presented results should be considered 
preliminary.  

Implied fiber stress values were once again 
calculated to generated implied fiber modulus and 
implied fiber strengths.  
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Fig. 10. Implied longitudinal fiber modulus (top) 
and fiber strength (bottom) values from low 
volume fraction unidirectional composite 
specimens. Three data points were taken for 
CFRP and one was obtained for CFFRP 
specimens. 

Implied fiber modulus values for low volume 
fractions samples were consistent and within range 
of each other. Once again in-plane elastic properties 
of fuzzy carbon fiber composites are maintained. 
Additionally, these values were consistent with high 
volume fraction samples. Given the low CNT 
volume fraction embedded within the matrix, it is 
expected from rule of mixtures [18] that no 
significant composite modulus changes will be 
observed.  

Implied strength values indicate a significant drop in 
mean baseline strengths at low fiber volume 
fractions. Given the change of infusion properties 
with low volume fraction baseline samples, possible 
manufacturing related defects will be investigated 
and addressed in future work. 

Particularly noteworthy from the 37% Vf CFFRP 
sample is the high implied fiber strength value. 
While this result is preliminary, Figure 11 shows 
that this value is not only above the high Vf baseline 
mean, but also beyond the range of any tested high 
fiber volume fraction CFFRP. Further tensile testing 
of low volume fraction CFFRP is ongoing and will 
further assess the effect of CNT growth on the in-

plane strength of the resultant hierarchical 
composite.  

 

 

Fig. 11. Implied Fiber Strengths comparing 37% 
Vf  CFFRP with 67% Vf Specimens.  

 

5 Conclusion and Future Work 

The presented strategies enable CNT growth on CF 
without harmful fiber surface modifications and high 
temperature CVD that degrade CF load carrying 
capabilities. Single fiber testing results previously 
confirmed that tensile properties of individual fuzzy 
carbon fibers were preserved, and scale-up to 
unidirectional CFFRP specimens at targeted fiber 
volume fractions was demonstrated. The successful 
fabrication procedure for high fiber volume fraction 
specimens (Vf = 67%) enabled initial ply-level 
mechanical characterization, demonstrating a slight 
decrease in implied fiber mean strengths [16]. 
However, to decouple manufacturing induced fiber 
damage, an additional low volume fraction (Vf = 
37%) study was demonstrated here. Preliminary tests 
reveal unresolved manufacturing issues with low 
volume fraction baseline samples that will be 
addressed in future work. However, preliminary 
CFFRP at 37% shows composite strength within 
range of 67% baseline samples. In addition to 
ongoing tensile tests, fuzzy fiber-matrix adhesion 
characterizations [19][20] are currently being 
conducted. Future work on these hierarchical 
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composite specimens includes multifunctional 
enhancement measurements (e.g., electrical 
conductivities).  Further scale-up of the CFFRP 
manufacturing onto carbon fiber weaves will also be 
implemented to evaluate improvements in 
interlaminar properties. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

The performance of fiber/matrix composite as load 

bearing structure does not only depend on 

mechanical properties of its compilers but also 

interfacial properties of fiber/matrix interface [1]. 

The failure of fiber/matrix composite frequently 

occurs due to the weakness of interfacial properties. 

Fiber/matrix interface can be divided into three 

conditions based on its separation which are full 

bonding condition, partial bonding condition, and 

full debonding condition. These conditions are stated 

on traction (t) - separation (δ) curve as shown in Fig. 

1 [2]. Four parameters of interfacial properties i.e. 

interfacial stiffness (Ki), interfacial strength (ti), 

interfacial fracture toughness (Gi), and interfacial 

friction coefficient (μi) are defined. The weakness of 

each parameter gives different effect to composite 

performance. Low Ki causes a crack in matrix 

propagate closer to fiber/matrix interface. Low ti 

causes initial degradation of Ki due to low traction. 

Low Gi causes catastrophic crack failure along 

fiber/matrix interface. The magnitude of μi affects 

the balance of energy release rate in fiber/matrix 

interface. Low μi causes inability to prevent crack 

propagation. These parameters of interfacial 

properties have to be evaluated properly. 

Many efforts have been conducted to evaluate 

interfacial properties [3, 4]. However, it still has 

problem especially inability to estimate Ki and μi. 

The existing methods in evaluating interfacial 

properties usually neglect Ki and μi which cause 

overestimate results of ti and Gi. Estimating Ki and μi 

are generally difficult because it needs traction curve 

along fiber/matrix interface which cannot be 

observed experimentally. In fact, traction curve 

along interface can be determined by observing 

stress contour in matrix using photo-elasticity 

technique. Stress contour in matrix is theoretically 

built from its boundary condition which is traction 

curve. By comparing stress contour obtained from 

experiment and simulation, overall interfacial 

properties can be estimated properly. 

Single fiber fragmentation test (SFFT) was selected 

to observe stress contour due to its easiness in 

creating specimen. SFFT also replicates the stress 

transfer characteristics in real composite. When one 

fiber crack on SFFT appeared due to applied strain 

(εa) as shown in Fig. 2.a, axis symmetric model of 

single fiber surrounded by matrix was built using 

finite element method software as shown at Fig. 2.b. 

Several model parameters were examined previously 

in order to obtain appropriate model which represent 

condition of SFFT experiment. Inverse analysis 

algorithm was developed to estimate the four 

parameters of interfacial properties. Characteristic 

lengths in stress contour were found to assist in 

estimating interfacial properties. 

 

 
Fig.1. Traction-separation curve (left) and friction 

coefficient curve after full debonding (right) 
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(b) 

Fig.2. One fiber crack on SFFT (a) and axis-symmetric 

model (b). 

2 Single Fiber Fragmentation Model 

2.1 Traction at Interface  

In SFFT experiment, the magnitude of matrix length 

(a) and matrix radius (R) at Fig. 2b are very high 

compared with fiber radius (r). However, large a and 

R in simulation increases the number of finite 

elements and consumes much simulation time. In 

order hand, small a and R causes the simulation 

result produce different stress contour in matrix of 

SFFT due to the effect of matrix edges. The 

optimum value which compromises those conditions 

should be found. 

The presence of stress contour in matrix is caused by 

traction at interface which appeared short after fiber 

crack occur due to stress transfer from matrix to 

fiber. Free body diagram of matrix model after fiber 

crack occurs is shown at Fig. 3. Highest traction 

occurs near fiber crack and gradually decreases until 

no traction remain at the opposite side. This 

degradation forms traction curve which can be 

divided into two zones i.e. ineffective zone where 

the traction appears on interface and effective zone 

where no traction remains. 

The length of ineffective zone which is called 

ineffective length (Li) should be fully covered in 

SFFT model in order to obtain same stress contour 

between SFFT and its model. This requirement 

implies that a should be longer than Li. However, 

determining a is not simple because Li is influenced 

by geometrical parameters and mechanical 

properties of fiber and matrix. All influenced 

parameters were examined on simulations in order to 

investigate proper value of a.  

 

 
Fig. 3 Free body diagram of matrix model and traction 

curve in interface 

2.2 Parameters Consideration  

Many parameters affecting Li were introduced by 

Cox [5]. The parameters can be divided into two 

types i.e. geometrical parameters and mechanical 

properties. Each parameter was simulated to find its 

influence to Li. 

2.2.1 Geometrical parameters 

Two geometrical parameters affecting Li are applied 

strain (εa) and radius ratio (R/r). Several simulations 

were conducted to obtain the tendency of Li 

alteration. On these simulations, mechanical 

properties were kept constant which are elastic 

modulus ratio (Ef / Em) of 10 and Poisson’s ratio (vm) 

of 0.3. The curve of Li divided by fiber radius which 

is called normalized Li was plotted in the Fig 4. 

These curves show that Li alteration is not 

significant on the R/r more than 20. Therefore, the 

R/r should be higher than 20 when single fiber 

fragmentation model was created in order to avoid 

radius ratio effect. The magnitude of εa also gives 

significant effect to Li which mean selected length of 

model should also consider εa recorded on 

experiment. 

 

 
Fig. 4 Normalized ineffective length alteration due to 

geometrical parameters alteration 
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2.2.2 Mechanical properties 

The influence of mechanical properties i.e. elastic 

modulus ratio (Ef / Em) and Poisson’s ratio of matrix 

(vm) to Li were also investigated. The simulations 

were conducted by keeping geometrical parameter 

as constant values i.e R/r of 20 and εa of 0.5%. The 

result of simulations is shown at Fig. 5. The curves 

of normalized Li at Fig. 5 conclude that vm give 

small influence compared with Ef /Em. Therefore, the 

influence of vm can be neglected. In other hand, Ef 

/Em  should be considered properly when single fiber 

fragmentation model was created. 

 

 
Fig. 5 Normalized ineffective length alteration due to 

mechanical properties alteration 

 

2.3 The presence of interfacial debonding 

Beside geometrical parameters and mechanical 

properties, interfacial debonding also causes high Li. 

Simulations were also conducted by adding 

interfacial debonding in the single fiber 

fragmentation model. The model parameters and 

simulation result are shown at Table 1 and Fig. 6. It 

concludes that increasing Li is proportional to length 

of interfacial debonding. The simulation result 

indicated that length of interfacial debonding should 

be also considered properly. 

 
Table 1. Geometrical parameter 

Elastic modulus ratio (Ef / Em) 10 

Poisson ratio of matrix (vm) 0.3 

Radius ratio (R / r) 20 

Applied strain (εa) 0.5% 

 

 
Fig. 6 Normalized ineffective length alteration due to 

normalized interfacial debonding (nor.in.deb.) alteration 

 

3 Evaluation of Interfacial Properties 

3.1 Response of Stress Contour to Interfacial 

Properties 

Tresca stress contour in matrix has relation with 

interfacial properties. The further problem is how to 

connect them properly. Theoretically, traction curve 

at interface responses the magnitude of interfacial 

properties and it also transforms Tresca stress 

contour in matrix. Inverse analysis can be conducted 

by comparing Tresca stress contour obtained from 

experiment and simulation. Interfacial properties are 

evaluated when similar contour were obtained. 

Tresca stress contour is formed by four interfacial 

properties. However, it is not easy to estimate four 

interfacial properties which response similar Tresca 

stress contour. The inverse analysis will be less 

complicated if the tendency of Tresca stress contour 

alteration was known by changing interfacial 

properties. Three characteristic lengths were found 

by changing interfacial properties to assist inverse 

analysis. Several simulations were conducted to 

observe tendency of Tresca stress contour. The 

model parameters are shown at Table 2. First 

simulations were conducted by changing ti and Gic  

as shown at Table 3 where traction-separation curve 

was assumed isosceles triangle. The results are 

shown at Fig. 7. From the results, position of stress 

concentration along interface depends on the value 

of Gic and ti. When ti was high, Tresca stress more 

concentrate at one point. In other hand, high Gic 

created spreading stress concentration. Characteristic 

lengths of Gic (Lt) and ti (Lt) were introduced as 

shown at Fig. 8. In fact, these lengths have 

relationship with traction separation curve. 
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After simulating ti and Gic, several values of 

interfacial stiffness (Ki) and interfacial fiction 

coefficient (µi) were also simulated as shown at 

Table 4 and 5. The results are shown at Fig. 9 and 

Fig. 10. For high Ki, stress concentration was shifted 

far from fiber crack position. In other hand, high µi 

made stress concentration shifted closer to fiber 

crack position. The results informed that soon after ti 

and Gic were determined, Ki and µi could be 

determined by using another characteristic length 

(Lk&µ). 

From simulation results, three characteristic lengths 

were introduced. The summary of them is shown at 

Fig. 11. However, theoretically, it is not enough to 

solve four parameters using three parameters. The 

final indicator that can be used is Tresca stress 

contour itself. Using three characteristic lengths 

reduces complexity in fitting Tresca stress contour 

from experiment and simulation. It also reduces time 

consumption to find matching Tresca stress contour. 
 

Table 2. Model parameters for simulations 

Parameter Fiber(T300
(a)

) 
Epoxy 

(EPONResin
(d)

) 

Elastic modulus (E) 230 GPa
(b)

 3 GPa
(b) 

Poison’s ratio (vm) 0.2
(c)

 0.4
(c) 

Max. elastic strain 

(εmax) 
1.5%

(b)
 2%

(b)
 

Radius model 2.5 mm 25 mm 
(a) ToraycaTM fiber, (b) Producer’s data sheet, (c) Ref. [5], (d) 
Polysciences Inc. epoxy, (e) Assumption,  

 
Table 3. Several simulations with different ti and GiC 

Number of 

Simulation 

Interfacial 

Strength (ti) 

Interfacial Fracture 

Toughness (GiC) 

1  10 MPa 
0.01 

2  20 MPa 

3  10 MPa 
0.02 

4  20 MPa 

 
Table 4. Several simulations with different Ki 

Number of 

Simulation 

Interfacial Stiffness 

(Ki) 

1  10kN/mm
3
 

 

2  50kN/mm
3
  

3  100kN/mm
3
  

 

 

 

Table 5. Several simulations with different µi 

Number of 

Simulation 

Friction Coefficient 

(µi) 

1  0  

2  0.5  

3  1  

 

 
Fig. 7 The tendency of stress contour due to ti and Gic 

 

 

 
Fig. 8 Characteristic lengths of t and G 

 

 

 
Fig. 9 The tendency of stress contour due to Ki 
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Fig. 10 The tendency of stress contour due to μi 

 

 
Fig. 11 Characteristic length on selected Tresca stress 

contour 

 

3.2 Single Fiber Fragmentation Test  

The scale up from micrometer to millimeter was 

conducted to demonstrate evaluation of interfacial 

properties clearly. Carbon pencil with 2B hardness 

and diameter of 0.5mm was used as fiber. Epoxy 

resin with polyamidoamine as hardener produced by 

KONISHI CHEMICAL IND co, Ltd was used as 

matrix. The specimen was created by using silicon 

mold with specimen geometry is shown at Fig. 12. 

Single carbon pencil was placed in the middle of 

epoxy.  

Photo-elasticity technique was used to capture 

Tresca stress contour in specimen. It can be obtained 

because epoxy is birefringent material which will 

have two refraction indexes if there is stress in 

material. The phenomenon is connected by stress-

optic law. A specimen was placed between two 

polarizers and two retarders. A green 

monochromatic light source was placed in one side 

and observed camera in other side. The direction of 

polarization of two polarizer was perpendicular so 

that dark image could be obtained when no stress on 

specimen. The detail of photo-elasticity technique is 

shown at Fig. 13. 

Before SFFT was conducted, tensile loading was 

applied to a pure epoxy specimen with displacement 

rate of 1mm/min. The dark and bright color 

appeared alternately as shown at Fig. 14. The 

applied stress was recorded.  

The stress-optic coefficient of epoxy (fσ) was 

calculated using equation 1. 

fσ = σat/N
 (1) 

Where t is thickness of specimen and N is fringe 

order. The result of fσ is 10.5 N/mm. 

After fσ was found, tensile loading was applied to a 

single fiber specimen with same displacement rate. 

Interfacial debonding appears soon after first carbon 

pencil fragmentation occurred. It then propagate 

when strain of 1.4% and applied stress (σa) of 

3.02MPa. The second fringe order (N=2) which 

indicated observed Tresca stress contour of 4.2MPa 

was captured as shown at Fig. 15a. The contour was 

processed by contrasting to find better figure as 

shown at Fig. 15b. 

In fact, observed Tresca stress contour should be 

corrected due to axis-symmetric effect which cause 

the Tresca value is not maximum but average value 

due to light projection as shown at Fig. 16. Schuster 

proposed corrected stress due to axis-symmetric 

effect was calculated by equation 2 [6]. 

 

(2) 

Where, σo is observed stress, σa is applied stress to 

specimen, and other parameters are shown at Fig. 

16. The parameter a is stated at equation 3. 

 (3) 

From equation 2 and 3, the magnitude of corrected 

Tresca stress is 5.22MPa. 

 

 
Fig. 12 Normalized ineffective length alteration due to 

mechanical properties alteration 
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Fig. 13 Optical arrangement for photo-elasticity 

 

 

   
a.      b.      c. 

Fig. 14 Dark and bright color for (a) N=0 and σa =0, (b) 

N=0.5 and σa =1.08MPa, and (c) N=1 and σa =2.1MPa 

 

 

 
a.       b. 

Fig. 15 Tresca stress contour of 4.2MPa (a) before 

contrasting and (b) after contrasting  

 
Fig. 16 Axis-symmetric effect on photo elasticity 

3.3 Inverse Analysis  

In order to conduct inverse analysis, Tresca stress 

contour at Fig. 15b is picked on top and bottom 

point and the average is plotted in x-y epoxy plane 

as shown at Figure 17. The characteristic lengths 

were then measured and the magnitude of each 

characteristic length is Lt of 0.428mm, LG of 

0.357mm , and Lk&μ of 1.964mm. Inverse analysis 

was conducted by iterating simulations until fit three 

characteristic lengths and Tresca stress contour of 

5.22MPa were obtained. The algorithm of inverse 

analysis is shown at Fig. 18. It is divided by two 

sides. One is experimental side to obtain input model 

parameters and Tresca stress contour and the other is 

a simulation side. 

After several simulations, the match Tresca stress 

contour was obtained as shown at Fig. 19. The 

simulated Tresca stress contour was obtained when 

the values of interfacial properties were shown at 

Table 6. These values are estimated interfacial 

properties. 

 
Fig. 17 Plotted Tresca stress contour of 6.2MPa 
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Fig. 18 Inverse analysis algorithm 

 

 

 
Fig. 19 Experiment result (left) and Simulation result 

(right) 

 
Table 6. Estimated Interfacial Properties 

Interfacial Properties Value 

Interfacial stiffness (Ki) 10
4
 N/mm

3 

Interfacial strength (ti) 6 MPa 

Interfacial toughness (Gi) 0.022 mJ/mm
2 

Friction coefficient (μi) 0.1 

 

3.4 Validation of Evaluation Method  

Existing interfacial properties evaluations were 

conducted by using other specimen to compare the 

evaluation results. Interfacial strength (ti) was 

evaluated using shear strength criterion [3]. Tensile 

loading was applied to a specimen until saturated 

fragmentation occurs as shown at Figure 20. 

Interfacial strength was calculated by using equation 

4. 

 

 

 

(4) 

Where lc is critical length which is average of 

fragmentation length, σf is carbon pencil strength 

(51.7MPa), and d is diameter of carbon pencil. From 

this method, the magnitude of interfacial strength is 

1.72 MPa. 

Interfacial fracture toughness (Gic) was evaluated 

based on energy release criterion [4] which is 

calculated using equation 5. 

 

(5) 

Where Am is matrix cross section, Em is elastic 

modulus of matrix, Ac is effective cross section, Ec is 

effective elastic modulus, and Pc is critical load. 

A specimen was loaded until first fiber 

fragmentation occurs. The specimen was unloaded 

and loaded again to obtain propagated interfacial 

debonding on interface. Critical load was determined 

when interfacial debonding started to propagate. The 

magnitudes of parameters for calculation were 

shown at Table 7. The results by using existing 

method were shown at Table 8. It shows that 

interfacial strength is lower than estimated value 

using inverse analysis because in existing method, 

interfacial debonding is not considered so that it 

causes underestimate value of interfacial strength. In 

other hand, evaluation of interfacial fracture 

toughness using existing method is higher than using 

inverse analysis. This result occurs because existing 

method does not consider friction energy which 

makes overestimate value of interfacial fracture 

toughness. 

 

 
Fig. 20 Saturated fragmentation of carbon pencil 
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Table 7. Parameter for calculating interfacial fracture 

toughness 

Parameter Value 

Epoxy cross section (Am) 109.8mm
2 

Elastic modulus of epoxy (Em) 216MPa 

Effective cross section (Ac) 110mm
2 

Effective elastic modulus (Ec) 234.6MPa 

Critical load (Pc) 286.4N 

 
Table 8. Parameter for calculating interfacial fracture 

Interfacial Properties Value 

Interfacial strength (ti) 1.2 MPa 

Interfacial toughness (Gi) 0.034 mJ/mm
2 

 

4 Conclusion 

The technique of interfacial properties evaluation 

has been developed by utilizing stress contour in 

matrix. The modeling of single fiber fragmentation 

test was developed. The characteristic lengths that 

are related by interfacial properties were found. 

Inverse analysis was conducted by using 

characteristic lengths and Tresca stress contour as 

input parameters. The single fiber fragmentation test 

using carbon pencil-epoxy specimen was conducted. 

By using inverse analysis method, The magnitudes 

of interfacial properties were known i.e. interfacial 

stiffness of 10000 N/mm
2
, interfacial strength of 6 

MPa, interfacial fracture toughness of 0.22mJ/mm
2
, 

and interfacial friction coefficient of 0.1. 

Comparison with other method was conducted and it 

result different value for interfacial strength i.e. 

1.2MPa. It is caused by the presence of interfacial 

debonding which is not considered. By using other 

method, the interfacial fracture toughness also 

indicated overestimate result i.e. 0.034mJ/mm
3
 

because the friction work was not considered on the 

calculation. 

The research to compare stress distribution contour 

as indicator of interfacial properties evaluation is 

promising because it can evaluate overall interfacial 

properties. However, image capturing and 

processing to obtain good picture of stress contour 

need to be developed in the future and the proposed 

model still requires further modification.  
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Abstract 

Stochastic honeycombs have a complex internal 

architecture with missing walls and other defects, 

while maintaining high strength- and stiffness-to-

weight ratios. Collapse mechanisms in two samples 

(high and low density) were investigated using x-ray 

tomography in a micro-CT scanner. Low aspect ratio 

(thickness/length) webs were found to buckle, while 

higher aspect ratio webs buckled and tore. 

1 Introduction 

Foams and honeycombs are composite materials in 

that they combine the properties of the base material 

with empty space through an internal cellular 

architecture. Stochastic honeycomb structures are a 

new type of cellular composite and a variation on the 

traditional plastic foam or honeycomb sandwich 

core material. Honeycombs are essentially two 

dimensional, with regular, repeatin 

g unit cells, while foams have a range of cell size, 

web thicknesses and lengths. Stochastic honeycombs 

are essentially two dimensional, like honeycombs, 

but have web lengths and thicknesses that are 

variable (Fig. 1). Even in the through-thickness 

direction, the stochastic honeycomb webs can 

change in length, thickness, and orientation. 

Produced in a simple, low-cost process, the out-of-

plane compressive properties of polypropylene (PP) 

stochastic honeycombs rival that of PP honeycombs 

and exceed that of commercial PP foams. [1] For 

example, over a relative density range of 7-12% the 

compressive strength of stochastic honeycombs 

ranged from 1.0-2.5 MPa [1], while commercial 

honeycomb strengths ranged from 1.1-2.4 MPa. [2-

5] The irregular structure of stochastic honeycombs 

is compensated for by the integrated face sheets, as 

well as some supporting defects such as small, 

partial webs acting to buttress load-bearing webs. 

Depending on the architecture and loading 

configuration, honeycombs have been shown to fail 

by buckling, bending, or fracture. [6,7] Analytical 

solutions for failure of honeycombs by elastic 

buckling [6], plastic collapse (bending) [7], and 

fracture [6] have been determined and tested 

experimentally. The failure mechanism has been 

Fig. 1. 3D image reconstructed from a micro-CT scan, 

with a sample size of 40 mm   40 mm   15 mm (a) and 

the web structure as seen from the side (b), with the as-

fabricated face sheets removed digitally in order to more 

clearly reveal the internal web structure. The scale bars 

are 5 mm each. 
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found to depend on the density of the honeycomb 

[6], with elastic buckling typically occurring at low 

densities and fracture at higher densities when the 

local stress exceeds the fracture stress of the 

material. Since honeycombs have a regular structure, 

the geometry of one unit cell is representative of the 

whole, and the same failure mechanism is generally 

seen throughout the structure. This is not the case for 

stochastic honeycombs given their complex internal 

architecture. Multiple failure mechanisms are 

expected depending on the local geometry of the 

webs. In addition, studies have shown that flaws or 

defects in a thin-walled structure (such as the webs 

in a stochastic honeycomb, or the walls in a 

conventional honeycomb) can concentrate failure at 

that location. [8-11] As such, we would expect that 

the initiation of these failure mechanisms would be 

triggered by local defect structures in the webs. This 

study is a first look at the detailed failure 

mechanisms in stochastic honeycombs. 

2 Experimental Details 

High melt strength polypropylene was heated on a 

metal platen in an oven at 180
o
C until it became a 

viscous melt. It was then removed from the oven and 

placed in a press, where another platen was pressed 

on top. Pressure was applied, and the upper platen 

was raised to the height desired for the sample (in 

this case, 15 mm) and locked in place. The sample 

spontaneously separated from the plates upon 

cooling, resulting in a sandwich structure that had 

integrated upper and lower face sheets separating a 

network of interconnected webs. Two samples, with 

relative densities of      = 11% (low density, LD) 

and      =  18% (high density, HD), were scanned in 

a Skyscan 1172 high resolution micro-CT scanner. 

The micro-CT scans were reconstructed into a series 

of cross-sections in the through-thickness direction, 

with voxel size of 35 μm   35 μm   35 μm. The 

samples were then loaded in out-of-plane 

compression at a cross-head displacement rate of 1 

mm/min to a compressive strain of 0.20, and 

characterized by micro-CT. 

3 Results and Discussion 

The detailed collapse mechanisms of the LD and HD 

sandwich cores were investigated by comparing 

micro-CT scans of individual webs before and after 

uniaxial compression.  The starting structure of the 

LD and HD samples is shown in Fig. 2. Fig. 2a and 

2b show mid-height cross-sectional slices. The 

number of webs decreased and the thickness of the 

webs increased as the density increased from 11% to 

18%. Fig. 2c plots the cross-sectional area fraction 

of the stochastic honeycomb as a function of 

normalized through-thickness position in the sample 

(0 indicates the bottom of the sample, 1 indicates the 

top). Near both the top and bottom, the cross-

sectional area fraction approaches 1 as the webs 

transform into the built-in skin. From Fig. 2c, it is 

also clear that the higher density of the HD sample is 

due to the greater cross-sectional area in the central 

50% of the overall sandwich thickness. Over this 

middle half of the sample height, the area fraction of 

the LD sample was 0.085   0.006, while the area 

fraction of the HD sample was 0.114   0.008. Note 

that even though the cross-sectional area over the 

middle half of the sample is effectively constant, the 

web structure is constantly changing in the through-

thickness direction. 

 

Fig. 2. Micro-CT scans of the mid-height cross-sectional 

slice (sample size 40 mm   40 mm   15 mm) for the LD 

sample (a) and the HD sample (b). The scale bar is 5 mm 

and applies to both figures. The corresponding area 

fraction as a function of normalized position in the 

sample, h, from bottom to top is given in (c).  
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Fig. 3. Partial web in the LD as-fabricated structure. The 

scale bar is 2 mm. 

 
Fig. 4. Schematic of a web bound on one side and free on 

the other. The length, l, height, h and thickness, t are 

indicated. 

A fraction of the webs in the as-fabricated structure 

only partially span the distance between opposing 

face sheets, as seen in Fig. 3. While not providing a 

continuous load path of their own, these partial webs 

do still provide support to the adjacent complete 

webs, which are either bounded on both sides, or 

bounded on one side and free on the other. The three 

generally considered restraint conditions for thin 

plates are termed simply supported, built-in (or 

clamped), and free. [12,13] Simply supported, for a 

thin plate, is analogous to pin-jointed for a column 

or beam, and means that the plate is free to rotate 

around the hinge, but there is no translational 

displacement. In comparison, built-in edge 

conditions are taken to mean that there is no rotation 

or translation at the joint, and free is just that, the 

edge is unrestrained. [12,13] When modeling, the 

edge constraint is often chosen to be either simply 

supported or built-in. [14] However, in practice, this  

 
Fig. 5. Uniaxial compression stress-strain curve for a    = 

13% stochastic honeycomb. 

  
Fig. 6. Uniaxial compression stress-strain curve for LD (   

= 11%) and HD (   = 18%) stochastic honeycombs to the 

valley (strain = 0.20). 

boundary is considered to be in between the classic 

simply-supported and built-in boundary conditions. 

[6,15] A schematic of a web supported on one side 

with appropriate dimensions is given in Fig. 4. 

The uniaxial compression stress-strain curve of 

stochastic honeycombs is comparable to that of 

conventional honeycombs with an initial peak stress 

due to plastic buckling, followed by a decrease 

towards a valley stress, followed by a final stress 

increase due to densification (e.g. Fig. 5 [1]). Fig. 6 

illustrates stress-strain curves for the LD and HD 

samples of the present study, which were 

compressed to the valley stress beyond the initial 

peak and then unloaded for subsequent micro-CT 

characterization.  Note that the density increase from 

11% to 18% corresponded to peak strength, valley 

strength, and elastic modulus increases of 105%, 

140%, and 135%, respectively (values summarized  
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Table 1. Compressive properties for the low density and 

high density stochastic honeycombs. 

Sample 

Peak 

Strength 

(MPa) 

Valley 

Strength 

(MPa) 

Elastic 

Modulus 

(MPa) 

LD 2.23 0.92 59 

HD 4.61 2.23 139 

 
Fig. 7. As-fabricated LD web bounded on each side (a), 

and the vertical tear created by the horizontal tensile 

strain from the compression of the bounding webs (b). 

The scale bar is 2 mm and applies to both figures. 

in Table 1). Classification of the web failure 

mechanisms was based on the web end constraint 

conditions.  The complete webs that were bounded 

on both sides tended to tear vertically, as seen in Fig. 

7, from the LD sample. This study focuses on the 

webs that are bounded on one side and free on the 

other. Six webs from each sample were analyzed for 

their dimensions and failure mechanisms, termed 

LD-1 to LD-6, and HD-1 to HD-6. Four specific 

examples are presented below (LD-1, LD-2, HD-1, 

and HD-2), with general results of the overall 

analysis discussed afterwards. 

The web (LD-1) shown in Fig. 8 is from the low 

density sample. Two views are shown of the as-

fabricated (Fig. 8a and 8b) and partially compressed 

(Fig. 8d and 8e) webs, while Fig. 8c and 8f show 

cross-sections along the height (through-thickness) 

of the sandwich. Fig. 9 plots the thickness of the 

web (x-axis) against the normalized position through 

the height (y-axis), giving a thickness profile of the 

web, also shown in cross-section. The dashed line 

indicates the point of buckling failure. The web  

 
Fig. 8. LD-1 as-fabricated from the side (a), straight on 

(b), in vertical cross-section (c), and partially compressed 

from the side (d), straight on (e), and in vertical cross-

section (f). The scale bar is 2.5 mm and applies to all the 

figures. 

 
Fig. 9. Thickness profile of LD-1 and the vertical cross-

section for comparison. The dashed line marks the point 

of initiation of instability. 

Table 2. LD-1 dimensions at failure initiation point. 

Position, h Thickness, t (mm) Aspect Ratio, t/l 

0.52 0.15 0.104 

ICCM19 315



 

5  

CHARACTERIZATION OF STOCHASTIC HONEYCOMB SANDWICH CORES   

 
Fig. 10. LD-2 as-fabricated from the side (a), straight on 

(b), in vertical cross-section (c), and partially compressed 

from the side (d), straight on (e), and in vertical cross-

section (f). The scale bar is 2.5 mm and applies to all the 

figures. 

 
Fig. 11. Thickness profile of LD-2 and the vertical cross-

section for comparison. The dashed lines mark the 

locations of initiation of instability. 

Table 3. LD-2 dimensions at failure initiation points. 

Position, h Thickness, t (mm) Aspect Ratio, t/l 

0.11 0.29 0.103 

0.70 0.32 0.189 

0.89 0.31 0.152 

 
Fig. 12. HD-1 as-fabricated from the side (a), straight on 

(b), in vertical cross-section (c), and partially compressed 

from the side (d), straight on (e), and in vertical cross-

section (f). The scale bar is 2.5 mm and applies to all the 

figures. 

 
Fig. 13. Thickness profile of HD-1 and the vertical cross-

section for comparison. The dashed line marks the 

location of initiation of instability. 

Table 4. HD-1 dimensions at failure initiation point. 

Position, h Thickness, t (mm) Aspect Ratio, t/l 

0.42 0.21 0.042 
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Fig. 14. HD-2 as-fabricated from the side (a), from the 

opposite side (b), straight on (c), in vertical cross-section 

(d), and partially compressed from the side (e), from the 

opposite side (f), straight on (g), and in vertical cross-

section (h). The scale bar is 2.5 mm and applies to all the 

figures. 

 
Fig. 15. HD-2 buttress as-fabricated (a), in vertical cross-

section (b), and partially compressed (c), in vertical cross-

section (d). The scale bar is 1 mm and applies to all the 

figures. 

Table 5. HD-2 dimensions at failure initiation points. 

Position, h Thickness, t (mm) Aspect Ratio, t/l 

0.72 0.50 0.125 

0.82 0.31 0.345 

0.90 0.46 0.123 

 
Fig. 16. Thickness profile of HD-2 and the buttress (inset) 

with vertical cross-sections for comparison. The dashed 

lines mark the locations of initiation of instability. 

thickness was ~0.2 mm and ~0.4 mm at the top and 

bottom (respectively) of the sample and 0.15 mm in 

the centre. This web did not buckle at the thinnest 

point, but rather just above the mid-point along the 

height dimension. From Fig. 8c, the cross-section of 

the as-fabricated web shows that there is already 

some slight curvature in the area where the web 

buckled, so while LD-1 did not buckle at the 

thinnest point, it did buckle at the area just above the 

thinnest point where some curvature was already 

present. The thickness/length aspect ratio of this web 

was t/l = 0.10 (Table 2). 

Another web (LD-2) from the same sample is shown 

in Fig. 10.  This web undergoes a somewhat more 

complex failure mechanism, with both web buckling 

and web fracture being seen in the post-loaded scan.  

Fig. 10b and 10c show that the web has some 

curvature before compression, and afterwards, in 

addition to the tear, LD-2 buckled at the bottom (h = 

0.11) and the top (h = 0.89). Unlike LD-1, this web 

was thinner near the top and bottom (where buckling 

occurred). The pre-compression curvature leads to 

increased bending strains at the thinnest regions, 

causing the upper and lower buckles, and then the 

tear just below the upper buckle.  From the thickness 

profile (Fig. 11), the web tears at t = 0.32 mm, where 

the aspect ratio is 0.189. The two buckles occur 

where the web is 0.29 mm and 0.31 mm thick, and 

the aspect ratios are 0.103 and 0.152, for the bottom 

and top, respectively (Table 3).  

The web shown in Fig. 12, in contrast, is from the 

high-density sample (HD-1). Similarly to LD-1, it is 

bound on one side and free on the other. As Fig. 12b 
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and 12c show, this web had some curvature to begin 

with, and buckled in the centre in the direction of the 

initial curvature. At the buckle, this web is at its 

thinnest point (t = 0.21 mm, Table 4) as seen in the 

thickness profile in Fig. 13. The thickness at the top 

and bottom of this web is ~0.4 mm, so its thinnest 

point is only 50% of its maximum thickness. This 

web had a thick supporting web, as seen straight-on 

in Fig. 12a. The supporting web buckled at the top 

and tore, as seen in Fig. 12d. HD-1 is thicker than 

LD-1 (0.21 mm compared to 0.15 mm), but has a 

lower aspect ratio because it spans a longer distance. 

This is typical of the HD sample; it had thicker 

webs, as can be seen from Fig. 2, but the webs are 

also longer, leading to lower aspect ratios overall. 

HD-2, shown in Fig. 14, is another web from the 

high-density sample. In addition to being supported 

on one side, it is supported by a buttress at the top, 

which is visible in Fig. 14b and on the opposite side 

of the view shown in Fig. 14a. While this web has 

little initial curvature, it is tilted to one side, as can 

be seen in Fig. 14c and 14d. After compression, this 

web has buckled near the top (t = 0.46 mm, Table 5) 

and torn a short distance below the buckle. The 

buttress supplies extra support for this web, and tears 

itself, as can be seen in Fig. 15. The thickness profile 

for HD-2 (Fig. 16) shows that the buckle occurs at 

the thinnest point of the web, and the tear occurs at 

the upper end of the buttress (Fig. 15c). The 

thickness profile for the buttress, shown in the inset 

for Fig. 16, demonstrates that the buttress also tore 

near its thinnest point, stressed by the buckle of the 

web it was supporting. This web tore near a buckle, 

as the LD-2 web did. HD-2 had t = 0.50 mm at the 

tear, while LD-2 had t = 0.32 mm. Even though HD-

2 was 50% thicker than LD-2, it has a lower aspect 

ratio (0.125 for HD-2 and 0.189 for LD-2). Again, 

this is due to the longer webs in the HD sample 

compared to the LD sample. 

Table 6 summarizes the thickness and aspect ratio 

data at failure for all of the webs considered in this 

first study. As some webs had multiple failures, 

these are each separately recorded in the table. The 

table is sorted by aspect ratio (t/l), and the failure 

mechanism at each failure is recorded as well. 

Critical buckling stress for a thin wall, first 

developed by Bryan in 1890 [16] is a function of the 

aspect ratio, t/l, squared. A slender web, with a low 

aspect ratio, will have a lower critical buckling  

Table 6. Thickness and aspect ratio correlated with failure 

mechanism 

Web 
Thickness  

(mm) 

Aspect  

Ratio (t/l) 

Failure  

Mechanism 

HD-1 0.21 0.042 buckle 

LD-3 0.18 0.054 buckle 

LD-3 0.19 0.058 buckle 

HD-4 0.39 0.076 buckle 

HD-4 0.32 0.095 buckle 

LD-1 0.15 0.103 buckle 

LD-2 0.29 0.103 buckle 

HD-4 0.30 0.103 buckle 

LD-5 0.35 0.115 tear 

HD-3 0.57 0.119 buckle 

HD-2 0.46 0.123 buckle 

HD-2 0.50 0.125 buckle 

LD-4 0.60 0.128 tear 

LD-4 0.61 0.128 buckle/tear 

HD-5 0.93 0.145 tear 

LD-2 0.31 0.152 buckle 

LD-5 0.38 0.161 buckle 

LD-2 0.32 0.189 tear 

LD-5 0.45 0.217 tear 

LD-4 0.51 0.250 tear 

HD-2 0.31 0.345 tear 

stress. A web with a higher aspect ratio will hold 

more stress, until reaching either its critical buckling 

stress or the local fracture strength of the material. 

From the table, it is clear that if the aspect ratio is 

greater than 0.17, the web will fail by tearing. 

Conversely, if the aspect ratio is less than 0.11, the 

web will fail by buckling only. Between these 

values, the web will either tear or buckle depending 

on the local environment and geometry. For 

example, LD-2 with an aspect ratio of 0.152 buckled 

above a tear, so the web’s constraints had radically 

changed before that buckle occurred. Critical 

buckling stress is also a function of the end 

constraints, which depend in part on the vertical 

aspect ratio of the webs, h/l. 

4 Conclusions 

The strength and stiffness of stochastic honeycombs 

are determined by the complex internal architecture 

of the webs. Micro-CT scans were used to track the 

detailed local failure mechanisms within the core of 

the sandwich structure for ‘low’ (11%) and ‘high’ 

(18%) relative density variants.  Post failure micro-

CT characterization showed that web buckling and 

web fracture were seen in both sample types. Web 

buckling tended to occur at the thinnest portions of 

ICCM19 318



the web, whether this was at mid-height or not. The 

subset of partially constrained webs (i.e. those 

supported on one side and free on the other) could 

be classified into one of two failure modes: web 

buckle only and web buckle plus web fracture. Webs 

with a thickness-to-length aspect ratio of t/l < 0.11 

tended to buckle only, while higher aspect ratio 

webs would both buckle and fracture (t/l > 0.18). 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Abstract  
Among the passive control techniques for vibration 
attenuation in composite structures demonstrated in 
the last decades, the use of viscoelastic material as a 
damping core in laminated beam like components is 
an interesting possibility but has not yet received 
sufficient attention so far. In order to gain an insight 
into this interest and develop more accurate and 
efficient viscoelastic-based vibration control 
methods, this paper presents a finite element method 
(FEM) for damping modeling of a multilayer 
composite structure, with a viscoelastic core 
sandwiched between elastic layers including 
piezoelectric layers.  
 
Emphasis is put not only on the numerical modeling 
integrating FEM with the Golla-Hughes-McTavish 
(GHM) and the Anelastic Displacement Fields 
(ADF) method method, which is used to illustrate the 
effects of viscoelastic layer and the vascular cooling 
channels, but also on practical engineering aspects 
related with the use of modal testing for the 
experimental assessment of efficiency of damping 
treatments. In particular, different configurations of 
damping treatments, spatial FE modeling, 
mathematical descriptions of viscoelastic frequency-
dependent material damping and their 
implementation into FE frameworks and the use of 
different solution methods are discussed. 
 

1 Introduction 

As a potential solution to lightweight skins for 
spacecraft, a functional graded composite beam 
studied in this paper is required to be able to operate 
in extreme conditions. Figure 1 illustrates the 
configuration of the layered composite beam under 
consideration. There are five component layers: a 

oxide ceramic outer layer capable of withstanding 
high temperatures up to 1300°C, a functionally 
graded ceramic layer combining shape memory alloy 
(SMA) properties of NiTi together with the MAX 
phase layer Ti2AlC (called Graded Ceramic/Metal 
Composite, or GCMeC), a high temperature sensor 
patch, followed by a polymer matrix composite 
(PMC) laced with vascular cooling channels all held 
together with various epoxies, and then a layer of a 
piezoelectric actuator. The key effect not well 
modeled in this structure is its damping property. 
Due to the recoverable nature of SMA and adhesive 
property of Ti2AlC, the damping behavior of the 
GCMeC is largely frequency-dependent viscoelastic. 
 

 
 
 
Figure 1 The example of a functional graded 
composite beam. 
 
Even the viscoelastic materials have wide application 
in solving damping problems of many engineering 
systems [1-4], such as aircraft, space structures, 
automobiles, buildings, bridges and so on, their 
damping models in most available commercial finite 
element software do not explicitly represent the 
environmental effected behaviors of actual materials 
(such as excitation frequency, ambient temperature, 
dynamic loads, etc.). 
 
One of the effective viscoelastic damping models in 
engineering application was developed by Golla and 
Hughes [5] and McTavish and Hughes [6], known as 
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the Golla-Hughes-McTavish (GHM) method. The 
GHM method introduces additional coordinates of 
internal variables using an analogy with a 
generalized lumped-parameter Maxwell model. The 
material modulus in Laplace domain is interpreted as 
a series of mini-oscillators terms [7, 8]. In addition, 
Lesieutre and Lee [9] introduced the Anelastic 
Displacement Fields (ADF) method by adding nodal 
anelastic degrees of freedom to the element nodes 
and formulating internal strains from internal 
displacement fields. Both GHM and ADF methods 
are studied and compared in this paper to account for 
damping effects over a range of frequencies and 
complex mode behavior.  
 
However, such a multilayer composite structure 
with a high temperature viscoelastic material 
based on the concept in Figure 1 is still under 
construction and has not yet been finished. As 
an alternative construction technique, an 
experimental composite structure with 
viscoelastic damping layer will be fabricated 
using an ObJet 3D printer, the combination of 
rapid prototyping and layered composite 
construction. This technique allows the 
construction of a functionally graded layered 
composite without having to glue layers together. 
This is important because the epoxy normally 
used to combine the layers introduces unknown 
amounts of damping due to uncontrollable 
thickness etc. The uniqueness of this printer is to 
intersperse droplets of a white ABS plastic 
material (VeroWhitePlusTM) with a transparent 
elastomeric material (TangoPlusTM) using a 
servo-actuated printer head to produce materials 
of tailorable stiffness and hardness. Table 1 lists 
material properties of VeroWhiteplus and two 
other rigid material examples Digital Material 
(DM) 8425, and DM 8430 to represent the oxide 
ceramics, the piezoelectric sensor and the 
piezoelectric actuator, respectively. They are the 
mixture of the primary material VeroWhitePlus and 
the secondary material TangoPlus. 
 
 
 
 

Table 1 Material Properties of VeroWhitePlus, DM 
8425 and DM 8430. 
Property Unit VeroWhite

Plus 
DM 
8425 

DM 
8430 

Tensile 
Strength 

MPa 50-65 35-45 29-38 

Modulus 
of 
Elasticity 

MPa 2000-3000 1400-
2000 

1100-
1700 

Elongation 
at Break 

% 10-25 20-30 25-35 

Flexural 
Strength 

MPa 75-110 45-60 35-45 

Flexural 
Modulus 

J/m 2200-3200 1400-
1800 

1200-
1500 

 
Table 2 displays two flexible materials DM 9740 and 
DM 9795 to represent the viscoelastic layer GCMeC 
and the vascular PMC layer, respectively. They are 
the combination of the primary material TangoPlus 
and the secondary material VeroWhitePlus. 
 
Table2Material Properties of DM9740 and DM9795. 
Property Unit DM 9740 DM 9795 
Tensile Strength MPa 1.3-1.8 8.5-10.0 
Elongation at 
Break 

% 110-130 35-45 

Tensile Tear 
Resistance 

N/mm 5.5-7.5 41-44 

Hardness Shore A  35-40 92-95 
 

2 Finite Element Method for a Composite Beam 
with Incorporated Viscoelastic Material 

As shown in Figure 1, there are five component 
layers under consideration: the piezoelectric actuator 
layer (DM 8430), the PMC base beam (DM 9795), 
the high temperature sensor layer (DM 8425), the 
GCMeC viscoelastic layer (DM 9740), and the oxide 
ceramic constraint layer (Vero White Plus). Matrices 
and vectors associated with each layer but base layer 
are denoted with subscripts p, s, v and c, 
respectively. Nodes in the cross section are denoted 
using the global coordinate system located at the 
center of the left end of the base beam, and relative 
coordinate systems located at the bottom of each 
viscoelastic and piezoelectric layer. In order to 
faciliate beam modeling with hybrid damping 
treatments, the following assumptions are made: 
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The viscoelatic layer is augmented with the inclusion 
of a shear angle associated with transverse shear in 
addition to Euler-Bernoulli hypotheses: The other 
four layers but viscoelatic layer are assumed to be 
elastic; Euler-Bernoulli bending assumption applies; 
Transverse and rotatory cross-section inertia are 
included. 
 
Considering above assumptions, the deformation of 
the beam is shown in Figure 2. The motion of each 
node is represented using the following dependent 
fields: the longitudinal displacement u, the transverse 
deflection w, the shear angle in the viscoelastic layer 
β , and the slope w’. 

w(x, t)

w’(x, t)

β’

u(x, t)
us(x, t)
uv(x, t)

up(x, t)

uc(x, t)

 
Figure 2 The deformation of the functional graded 
composite beam.  

2.1 Viscoelastic Models using GHM and ADF 
methods   

The basic procedure of viscoelastic modeling is to 
start with the identification of the model parameters 
from experimental data obtained using dynamic 
mechanics analysis (DMA). According to the linear 
theory of viscoelasticity[10], the one-dimensional 
stress-strain relation can be expressed in Laplace 
domain, as follows: 

 

  σ (s) = G(s)ε (s) = (G
0
(s) + H (s))ε (s).         (1) 

 
Here, G0 is the static or relax modulus, representing 
the elastic behavior and H(s) is the relaxation 
function, associated to the dissipation effects. If the 
modulus is evaluated in the frequency domain, which 
results in complex form expression as follows: 

 
( ) '( ) ''( ).G G iGω ω ω= +              (2) 

 
Here the real part of the complex modulus G'(ω) is 
known as the storage modulus, and the imaginary 
part G"(ω) as the loss modulus. The ratio of 
dissipated energy to stored energy, known as loss 
factor, is defined as: 

"( )
( )

'( )
.G

G

ω
η ω

ω
=                          (3) 

 
It represents the capacity of dissipation of the 
viscoelastic material. In steady state, the loss factor η 
is related to the standard damping ratio ζ by: 
 

 2 .η ζ=                           (4) 
 
However, η(ω) is not useful by itself in predicting 
transient or broad band responses of viscoelastic 
systems. The plots of complex modulus (storage 
modulus and loss modulus) or loss factor versus 
frequency are obtained from DMA test of the 
viscoelastic material. These plots are then curve fit 
for modal parameter identification. Thus, in 
literature, the focus of the viscoelastic modeling is 
given on development of material modulus function 
G(s). 
 
The modulus function derived from GHM method is 
given by: 

 
2

0 2 2
1

2
( ) ( )(1 ).

2

G

G

N
k k

k
k k k k

s s
G s G s

s s

ζ ω
α

ζ ω ω=

+
= +

+ +
∑     (5) 

 
Here NG is the number of mini-oscillator terms 
represented by three positive parameters (αk, ζk, ωk,). 
The modulus function can be expressed in complex 
forms, by simply making s iω= . Thus, the storage 
modulus (real part) developed by the GHM method 
becomes: 

2 2 2 2 2 2

0 2 2 2 2 2 2
1

( ( ) 4 )
'( ) (1 ).

( ) 4

G

G

N
k k k k

k k k k

G G
α ω ω ω ζ ω ω

ω
ω ω ζ ω ω=

− +
= +

− +
∑   (6) 

The loss modulus (imaginary part) from the GHM 
method yields: 

 
3

0 2 2 2 2 2 2
1

2
''( )

( ) 4
.

G

G

N
k k k

k k k k

G G
α ζ ω ω

ω
ω ω ζ ω ω=

=
− +

∑     (7) 

The material modulus function developed by the 
ADF method is represented by: 

 
0 2 2

1

( ) (1 ).
A

A

N

k
k k

s
G s G

ω=

= + Δ
+Ω

∑          (8) 

Here NA is the number of anelastic displacement 
fields, represented by Ωk, the inverse of the 
characteristic relaxation time at constant 
deformation, and Δk, the relaxation magnitude. 
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Decompose the modulus function in complex form, 
leads to the expression of the storage modulus by the 
ADF method: 

 
2

0 2
1

( / )
'( ) (1 )

( / )
.

1
A

A

N
k

k
k k

G G
ω

ω
ω=

Ω
= + Δ

+ Ω
∑        (9) 

The loss modulus from the ADF method becomes: 

 
2

1

/
''( )

( / )
.

1
A

A

N
k

r k
k k

G G
ω

ω
ω=

Ω
= Δ

+ Ω
∑        (10) 

Therefore, the determination of material parameters 
are carried out by formulating an optimization 
problem in which the objective function represents 
the difference between the experimental data points 
and the corresponding model predictions. The 
numbers of design variables, for the GHM and ADF 
method are 1+3NG and 1+2NA, respectively. 

2.2 Viscoelastic Models using GHM and ADF 
methods   

As mentioned earlier, the viscoelastic behavior is 
decomposed by an elastic part and an anelastic part. 
Thus, the finite element equation of motion for the 
viscoelastic structure may be expressed in the 
following standard second order form: 

 Mq + D q + (K e +K v (s))q = F   (11) 

Here N N×∈M °  is the symmetric and positive 
definite mass matrix, N N×∈D °  is the symmetric and 
semi-positive definite viscous damping matrix, and 
, N N

e v

×∈K K ° is the elastic and viscoelastic stiffness 
matrix (symmetric and semi-positive definite). Here 
, N∈q F ° represents the displacement and loading 

factor, respectively. As stated earlier, the viscoelastic 
stiffness matrix can be factored out of the stiffness 
matrix and made dependent on the frequency 
according to the particular viscoelastic model as 

( ) .v vG s=K K  
 
The definition and derivation of each matrix and 
vector is not provided here. The interested reader is 
referred to the reference [9,10] for the details. The 
derivation of temperature-dependent viscoelastic 
modeling is not provided here either. The interested 
read is referred to reference [11] for the details. 
 
Substituting the GHM model Equation (5) into 
Equation (31), one obtains: 

 
2

2

0 2
1

2
( (1 )) ( ) ( )

2

GN
k k

e v k
k k k k

s s
s s G s s

s s

ζ ω
α

ζ ω ω=

+
+ + + + =

+ +
∑M D K K q F (12) 

 
The principle of GHM method is to produce a second 
degree of freedom, by introducing an auxiliary 
coordinate zk, which is defined according to: 

 
  
z

k
(s) =

ω
k

2

s2 + 2ζ
k
ω

k
s +ω

k

2
q(s)            (13) 

The model represented by Equation (32) can be 
recovered once this auxiliary DOF is eliminated. 
Substituting Equation (33) into Equation (32), one 
obtains the following equation of motion: 
 

 M
G
q
G
+ D

G
q
G
+K

G
q
G
= F                 (14) 

Here each matrix and vector is defined as follows: 
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Here , , G G

G G G

t t×∈M D K °  with (1 )
G G

N Nt = + . 
0

0v vG=K K is the static stiffness matrix and 
0 (1 )kv v kα∞ = +∑K K is the dynamic stiffness matrix. 

 
Considering the ADF method, the equation of 
motion can be obtained by substituting Equation (8) 
into Equation (31) as follows: 
 

   
(s2M + sD + K

e
+ G

0
K

v
(1+ Δ

k

s

ω 2 +Ω
k

2
)

k=1

N
A

∑ )q(s) = F(s)   (15) 

The principle of the ADF method is to assume that 
the total deformation of the viscoelastic layer (shear 
angle β ) is the sum of an elastic part Eβ , where the 
strain is proportional to the stress and an anelastic 
part Aβ , which captures its relaxation behavior, that 

is β = β E + β A . 
 
Introducing the anelastic part, results the following 
equation of motion: 

 M A
qA + DA

qA +K AqA = F              (16) 
Here each matrix and vector is defined as follows: 

A
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Here, , , A A

A A A

t t×∈M D K °  

with (1 )
A A
N Nt = + and

0 (1 )kv v kG∞ = + Δ∑K K ,

1 AN

kk
k

k

C
+ Δ

=
Δ
∑ .  

3 Numerical Simulation and Experimental 
Validation  

The GHM and ADF models addressed in this paper 
are evaluated on the cantilever beam shown in Figure 
1, the proposed functionally graded composite beam, 
consisting five layers of the Oxide Ceramic, PZT 
sensor, PMC base beam, the viscoelastic layer, and 
the piezoelectric constraint layer, but represented by 
a 3D printed prototype consisting five layers of 
VeroWhitePlus, DM9740, DM8425, DM9795, and 
DM8430, respectively. Table 3 lists the mechanical 
and material properties of the proposed functionally 
graded composite beam. The density and elastic 
modulus of the piezoelectric actuator (Micro-Fiber 
Composite) is experimentally obtained from the 
authors' early work [11]. The mechanical and 
material properties of PMC (carbon fiber and epoxy), 
GCMeC (Ti2AlC and NiTi) and Oxide ceramic 
(Al2O3 and TiO2) are estimated from pervious 
references [12, 13]. Note that, the length here is free 
length, not including the clamped length of 38 mm.  
 
Table 3 Mechanical and Material Properties of Each 
Layer Component Used in Numerical Examples.  
 Dimension 

(mm*mm*mm) 
Density 
(kg/m3) 

Elastic 
Modulus 
(GPa) 

PZT 
Actuator 

300 * 30 * 0.3 5440 33 

PMC 338 * 30 * 0.6 1911 10 
PZT 
Sensor 

300 * 30 * 0.03 5440 720 

GCMeC  300 *30 *0.3  4110 G(ω) 
Oxide 
Ceramic 

300 * 30 * 
0.018 

3600 205 

 
Table 4 lists the mechanical and material properties 
of the 3D printed composite beam. It is interesting to 
find that the measurement of the elastic modulus of 
each material yields big difference using static and 
dynamic ways, as listed in Table 4. The static 
measurement was carried on using MTS machine, 
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following the ASTM D 638, standard test methods 
for tensile properties of plastics. The elastic modulus 
was also calculated by measuring the dynamic 
response of the cantilever beam. One can find that 
the higher percentage of TangoPlus, the more 
flexible the composite material, and the bigger 
difference of static and dynamic modulus 
measurements. Experiments show that the dynamic 
measurement gives more accurate results. Details are 
given in the end of this paper, as seen in Figure 8 and 
Figure 9.  
 
Table 4 Mechanical and Material Properties of the 
3D printed Composite Beam used in Numerical 
Examples. 

Material Dimens
ion 
(mm*
mm 
*mm) 

Densi
ty 
(kg/m
3) 

Elastic 
Modulu
s 
(Static) 
(GPa) 

Elastic 
Modulus 
(Dynami
c) (GPa) 

Error 

DM8430 338*30
*0.63 

1180 1.56 1.97 21% 

DM9795 338*30
*1.8 

1135 0.16 0.55 71% 

DM8425 338*30
*0.12 

1174 1.90 2.47 23% 

DM9740 338*30
*2.1 

1101 G(ω) G(ω) N/A 

VeroWhit
ePlus 

338*30
*0.12 

1178 2.09 2.49 16% 

 

3.1 Parameter Identification using Curve Fitting  

As seen from Equations (34) and (35), the inclusion 
of the dissipative variables in the GHM and ADF 
models to account for the viscoelastic behavior leads 
to augmented coupled systems of equations of 
motion in which the total number of DOF largely 
exceeds the number of structural DOF. Moreover, for 
both models, non-positive-definite inertia matrices 
are obtained. As result, numerical preprocessing is 
found to be necessary prior to the resolution of the 
equations for response analyses.  

A positive-definite inertia matrix can be obtained 
for the GHM model by performing the spectral 
decomposition of the stiffness matrix related to the 
viscoelastic substructure [6]. The null eigenvalues 
and corresponding eigenvectors are eliminated and, 
as result, fewer dissipative coordinates and a 
positive-definite viscoelastic matrix are obtained. As 
for the ADF model, it is not possible to obtain a 
positive-definite mass matrix by using the same 
approach. However, the problems entailed by the 

singularity can be avoided by performing an 
adequate transformation of augmented system of 
second-order equations into a state-space first-order 
form, the dimension of which is, in general, much 
smaller than that obtained for the GHM model [14]. 

In order to identify properly the frequency 
dependent viscoelastic behavior of DM 9740, both 
GHM and ADF model parameters are evaluated 
through curve fits of viscoelastic modulus models 
with experimental measurement at room temperature 
using DMA. A nonlinear least squares method in 
Excel is used to optimize numerical simulation and 
compared to measured data of the DM 9740. Figure 
4 illustrates the fitted storage modulus and loss 
modulus using the GHM model compared with 
experimental data covering the first two vibration 
modes. The identified GHM parameters from curve 
fits are presented in Table 5, where static or relax 
modulus is 1.40 MPa. These model parameters will 
be incorporated into a finite element model of the 
cantilever beam shown in Figure 1.  

 

 
 

  
 
Figure 4 The fitted storage and loss modulus of 

DM 9740 using the GHM model (three second order 
terms and three parameters per term). 
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Table 5 Identified parameters for the optimized curve 
fit for DM 9740 using the GHM model (three second 
order terms and three parameters per term).  

k 1 2 3 
ωk (rad/s) 50047.905 2111.210 30016.011 

ζk 56.076 21.312 0.162 
αk 7.954 2.090 1067.507 

 
Figure 5 illustrates the fitted storage modulus and 

loss modulus using ADF models compared with 
experimental data from DMA test. The identified 
ADF parameters from curve fits are listed in Table 6. 
How precisely the GHM or ADF model matches the 
experimental data is determined by the orders of 
GHM or ADF used in the model. For DM 9740, 
three series of parameters of the GHM model and 
three anelastic fields of the ADF model are found to 
represent quite well the frequency range 0.1 Hz ~20 
Hz with error less than 0.001%. Specifically, the P-
value using GHM model is 2.2 x 10-27 for storage 
modulus fitting and 2.1 x 10-24 for loss modulus 
fitting. The P-value using ADF model is 4.6 x 10-36 

for storage modulus and 1.5 x 10-32 for loss modulus. 
The fitting error is calculated by 1- P-value, 
therefore, both models are near perfectly fitted and 
ADF model is more accurate than GHM model.  

 

 

 
 
Figure 5 The fitted storage and loss modulus of 

DM 9740 using the ADF model (three second order 
terms and three parameters per term). 

 
Table 6 The parameters for the optimized curve fit 
for DM 9740 using the ADF model (three anelastic 
fields).  
k 1 2 3 
Δk 7.262 288181.234 2.039 
Ωk(rad/s) 406.611 22490029.8 46.750 

 
Curve fits of modulus functions show that both ADF 
and GHM models are very close to each other in 
numerical results at the specific frequency range of 
the interest. There may be a theoretical difference 
between viscoelastic degrees of freedom at nodes 
and at elements, but this difference practically 
vanishes for a cantilever beam.  

3.2 A Numerical Simulation and Experimental 
Validation  

The above viscoelastic models using ADF method 
are incorporated into a finite element model of the 
functionally graded composite beam presented in 
Figure 4. Its material and mechanical properties are 
given in Table 4. One hundred finite elements are 
used to explore the general ability of each subject 
method to capture essential features of the frequency 
dependent mechanical responses. The simulation 
focuses on passive constraint layer damping 
treatment, excluding any control algorithms.  
 
In order to verify the numerical simulation and 
analyze the damping response of the layered 
composite beam, a frequency response function 
(FRF) is experimentally calculated for base 
acceleration to tip displacement of the beam. The 
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cantilever beam is clamped to a seismic shaker as 
shown in Figure 6. A piezoelectric accelerometer 
was adhesively attached to the clamped base to 
record base acceleration. The accelerometer signal 
was conditioned using the manufacturer’s constant 
current amplifier. Tip displacement was measured 
using a PolyTec laser vibrometer system. The LDS 
Dactron shaker controller has three channels to 1) 
drive the shaker 2) record data from the 
accelerometer 3) record data from vibrometer.   

 
shaker

shaker	  controllerbeam

accelerometer

vibrometer
 

Figure 6 Experimental setup for the relative tip 
displacement to base acceleration FRF measurement 
of the layered composite beam. 
 
As stated earlier, the elastic modulus of each material 
results in different values when measured statically 
and dynamically. Figure 7 compares experimental 
measurement and numerical simulation of the tip 
response to base excitation frequency response 
function (FRF) of the cantilever beam using the 
elastic modulus measured in a static way. One can 
see the big discrepancy between simulation and 
experimental measurement. 
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Experimental Measurement
Numerical Simulation using Static Modulus

 
Figure 7 Experimental comparison with numerical 

simulation using static modulus of the relative tip 
displacements to base acceleration FRF using Finite 
element analysis and GHM models. 

Figure 8 compares experimental measurement and 
numerical simulation of the tip response to base 
excitation frequency response function (FRF) of the 
cantilever beam that are within the frequency range 
of the viscoelastic model at the fundamental 
vibration mode obtained using the GHM model, 
which is nearly the same as simulation using ADF 
model. The elastic modulus from dynamic 
measurement was used for simulation, which agrees 
with experimental data pretty well. Table 7 
demonstrates the natural frequencies and damping 
ratios of the beam that are within the frequency range 
of the viscoelastic model at the first two vibration 
modes obtained using the GHM and ADF models 
and validated by experimental measurements. 
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Experimental Measurement
Numerical Simulation using Dynamic Modulus

 
Figure 8 Experimental comparison with numerical 

modeling using dynamic modulus for the relative tip 
displacement to base acceleration FRF of the layered 
composite beam. 
 
Table 7 The natural frequencies and damping ratios 
for the cantilever beam example. 
 

 
4 Conclusions  
 
This paper presents the viscoelastic modeling of a 
viscoelastic composite structure using a Golla-
Hughes-McTavish (GHM) and the Anelastic 
Displacement Fields (ADF) method incorporated 
with a finite element formulation. Considering the 
parameter identification, curve fits of both GHM and 
ADF modulus models compared with experimental 
data are presented. And a good agreement (less than 

 Natural 
Frequencies (Hz) 

Damping 
Ratio 

First Mode 6.72 4.33% 
Second 
Mode 

44.03 6.38% 
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0.001% error) is reached. Continuing efforts are 
addressing the material modulus comparison of the 
GHM and the ADF model. There may be a 
theoretical difference between viscoelastic degrees of 
freedom at nodes and elements, but their numerical 
results are very close to each other at the specific 
frequency range of interest. With identified model 
parameters, numerical simulation is carried out to 
predict the damping behavior in its first two 
vibration modes. The experimental testing on the 
layered composite beam validates the numerical 
predication pretty well. Experimental results also 
show that elastic modulus measured from dynamic 
response yields more accurate results than static 
measurement, such as tensile testing, especially for 
flexible materials. 
 
5 Acknowledgments 
 
The authors gratefully acknowledge the support from 
the U.S. Air Force Office of Scientific Research 
under the grant F9550-09-1-0625 “Simultaneous 
Vibration Suppression and Energy Harvesting” 
monitored by Dr. B. L. Lee, and the grant FA-9550-
09-1-0686 “Synthesis, Characterization and 
Modeling of Functionally Graded Hybrid 
Composites for Extreme Environments” monitored 
by Dr. David Stargel. 

 

6 References 
[1] Adhikari, S.; Woodhouse, J., 2001, "Identification of 

damping: Part 2, non-viscous damping," Journal of 
Sound and Vibration 243 (1),pp 63. 

[2] Woodhouse, J., 1998, "Linear damping models for 
structural vibration," Journal of Sound and Vibration 
215 (3),pp 547. 

[3] Gurgoze, M., 1987, "Parametric Vibrations of a 
Viscoelastic Beam (Maxwell Model) under Steady 
Axial Load and Transverse Displacement Excitation 
at One End " Journal of Sound and Vibration 115 
(2),pp 329. 

[4] Li-Qun, C.; Xiao-Dong, Y., 2005, "Stability in 
parametric resonance of axially moving viscoelastic 
beams with time-dependent speed," Journal of Sound 
and Vibration 284 (3-5),pp 879. 

[5] Golla, D. F.; Hughes, P. C., 1985, "Dynamics of 
viscoelastic structures-a time-domain, finite element 
formulation," Transactions of the ASME. Journal of 
Applied Mechanics 52 (4),pp 897. 

[6] McTavish, D. J.; Hughes, P. C., 1993, "Modeling of 
linear viscoelastic space structures," Transactions of 
the ASME. Journal of Vibration and Acoustics 115 
(1),pp 103. 

[7] Park, C. H.; Inman, D. J.; Lam, M. J., 1999, "Model 
reduction of viscoelastic finite element models," 
Journal of Sound and Vibration 219 (4),pp 619. 

[8] Trindade, M. A.; Benjeddou, A.; Ohayon, R., 2001, 
"Piezoelectric active vibration control of damped 
sandwich beams," Journal of Sound and Vibration 
246 (4),pp 653. 

[9] Lesieutre, G. A.,Lee, U., 1996, "Finite element for 
beams having segmented active constrained layers 
with frequency-dependent viscoelastics," Smart 
Materials and Structures, 5, 615. 

[10] Wang, Y. and Inman, D.J., 2013, “Finite Element 
Analysis and Experimental Study on Dynamic 
Properties of a Composite Beam with Viscoelastic 
Damping”, Journal of Sound and Vibration, ( In 
Review). 

[11] Wang, Y.; Inman, D. J., 2012, "Simultaneous Energy 
Harvesting And Gust Alleviation For a 
Multifunctional Wing Spar Using Reduced Energy 
Control Laws via Piezoceramics," Journal of 
Composite Materials 47 (1),p 22. 

[12] Olugebefola, S. C.; Aragon, A. M.; Hansen, C. J.; 
Hamilton, A. R.; Kozola, B. D.; Wu, W.; Geubelle, P. 
H.; Lewis, J. A.; Sottos, N. R.; White, S. R., 2010, 
"Polymer Microvascular Network Composites," 
Journal of Composite Materials 44 (22),pp 2587. 

[13] Radovic, M.; Barsoum, M. W.; Ganguly, A.; Zhen, 
T.; Finkel, P.; Kalidindi, S. R.; Lara-Curzio, E., 2006, 
"On the elastic properties and mechanical damping of 
Ti3SiC2, Ti3GeC2, Ti3Si0.5Al0.5C2 and Ti2AlC in 
the 300-1573 K temperature range," Acta Materialia 
54 (10),pp 2757. 

[14] Trindade, M. A.; Benjeddou, A.; Ohayon, R., 2000, 
"Modeling of frequency-dependent viscoelastic 
materials for active-passive vibration damping," 
Journal of Vibration and Acoustics, Transactions of 
the ASME 122 (2),pp 169. 

 

ICCM19 328



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

In industry much out-of-specification unidirectional 
carbon fibre (CF) reinforced thermoplastic 
composite tape is produced, especially at the 
beginning and end of tape production, this tape is 
generally discarded. The volume fraction of this 
material is typically 5-10% either side of the target 
55-60 vol.%. This ‘waste’ material is particularly 
attractive for our process, as the CF has already been 
wetted-out by the thermoplastic polymer. Whilst 
efforts have been made to form discontinuous 
aligned CF-filled composites from discrete 
components using extrusion or injection moulding, 
most research has concerned the addition of dry 
chopped CFs with thermoplastics with wetting in 
situ; it is consequently difficult to realise materials 
with volume fractions > 0.3. A central aim of the 
current work is to use shear-induced alignement to 
obtain a high degree of fibre alignment in the flow 
direction. 

The interactions between fibre-wall, fibre-fibre, and 
fibre-polymer interactions determine the degree of 
alignement and fibre attrition in such discontinuous 
composites. Fibre-wall interactions in the extrusion 
die induce shear forces, which result fibre 
alignement in the surface layers, along the flow axis 
[1]. The injection moulding of short glass fibre 
reinforced polypropylene revealed a relationship 
between injection speed and fibre alignment in the 
centre region. At high injection speeds the fibres 
have been observed to align perpendicular to the 
flow direction while at low injection speeds the fibre 
tended to orientate with the flow direction [1,2]. 
Extruded material exhibits a similar behaviour at 
different flow rates [1]. Convergent flow is known to 
promote fibre alignment parallel to the flow 
direction while a divergent flow leads to a fibre 
alignment transverse to the flow direction [1]. Fibres 
with a high aspect ratio have a higher tendency to 
align parallel with the flow direction, as they do not 

cause as many perturbations in the velocity field of 
the fluid, leading to fibre rotation [1]. It is also 
known that higher fibre content leads to enhanced 
fibre-fibre interaction and even to fibre 
accumulation. The fibre-fibre interaction as well as 
the fibre accumulation can decrease the fibre 
alignment [1]. This is contrary to a study that 
demonstrated injection moulded short glass 
fibre/PEEK composites to have improved fibre 
alignment at an increase of the fibre content from 11 
wt% to 18 wt% [3]. However, a study on short 
carbon extrusion/compounded and injection 
moulded short fibre/PEEK composites showed a 
higher fibre misalignment at a fibre content of 
68wt% than at a fibre content of 30 wt% [4]. This 
suggests that fibre-fibre interactions should not be 
neglected at higher fibre loadings. From these 
previous studies, fibre alignment in the direction of 
flow can be enhanced by having: i) high fibre aspect 
ratio, ii) sufficient fibre-wall interactions, and iii) 
convergent flow and an optimised fibre content. 

To our knowledge there are no examples of using 
already wetted out CF as feedstock, the technique 
described here enables us to produce aligned 
discontinues CF reinforced specimens with CF 
contents of ~ 54 vol.%.  

Unidirectional CF/polyetheretherketone (PEEK) 
composite tape of high fibre content was fed into a 
twin-screw extruder. A shear-inducing die was 
affixed to the gate of the extruder to produce square 
section samples that could be stacked and 
compression moulded. We envisage that these dies 
can be designed to produce rectangular section 
composite tape of high volume fraction aligned 
discontinuous CF-filled thermoplastic. This material 
can then be used for production of double curvature 
parts. 

 

2 Materials and Methods 
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2.1 Feedstock Material 

High volume fraction, unidirectional AS4 (un-sized) 
CF reinforced PEEK composite tape was used as 
feed-stock. This tape was produced using a batch-
continuous line, described in detail elsewhere [5]. 
Composite tape was chopped into lengths of 15 cm 
and fed directly into the extruder. The action of the 
screws drew into the material.  
 

2.2 Extrusion Parameters and Die Design 

A co-rotating twin screw extruder, DSM XPlore 15 
Micro Compounder Model 2005 (DSM, The 
Netherlands) was used in this work and fitted with a 
specially designed exit die (detailed below) to enable 
the production of discontinuous aligned CF filled 
PEEK that could undergo further compression 
moulding for production of larger samples. This 
extrusor has an adjustable screw/cavity height as 
well as six heating zones which can be controlled 
separately up to 450 °C, allowing investigation into 
the influence of screw height and zonal heating on 
fibre attrition and alignment.  
 
Initially a circular extrusion die as provided by the 
manufacturer was used. The internal diameter of the 
die is 3 mm, and the length of the flow channel is 6 
mm. A two-part die (case-hardened steel) was 
designed that allowed for convergent flow, from a 
circular section gate (3 mm diameter) to square 
section (2.5 mm x 2.5 mm) exit, as shown in Figs. 
1a-d. The transition region from circular to square 
cross-section was 5 mm (Fig. 1d). A relatively long 
flow path (20 mm) was chosen for the die to allow 
the material solidify under pressure during extrusion 
to reduce void content and induce fibre alignment 
via shear. Further, the cross-section of the square 
region of the die was designed to reduce cross 
section by 12% relative to the circular gate, this 
leads to a compression of the melt and was designed 
in an effort to suppress the effects of nitrogen gas 
entrainment and hence reduce void growth, observed 
when the short circular section die was used. The 
reduction of the cross-section also caused a 
convergent flow, which enhances the fibre alignment 
in flow direction [1]. The transition from the circular 
cross-section to the square cross-section was 
designed to be tangentially constant without steps. 
Steps between the circular cross-section and the 

square cross-section would lead to fibre 
misalignment and fibre damage. In addition, steps 
could lead to stagnated areas, which can cause 
thermal degradation of the polymer melt due to an 
overheated standing material [6]. From literature, it 
is recommended that a length of 10 times the 
extrudate thickness to allow a relaxation of the 
polymer melt and prevent swelling effects. The term 
swelling effects refers to the phenomenon that the 
cross-section of an extrudate becomes larger after it 
exited the die. This effect is caused by a velocity 
relaxation of the polymer melt and a viscoelastic 
relaxation of the polymer molecules [6]. A long flow 
channel is also expected to promote a unidirectional 
alignment of the fibres due to shear effects. In 
addition, a long square cross-section enables 
investigation of the influence of flow length by 
taking samples from the inside of the extrusion die. 
 
A parametric study was undertaken to determine the 
conditions to extrude material with the lowest void 
content, maximal fibre alignment and reduce the 
attrition of the fibre length. The effect of both screw 
speed and screw/cavity height on fibre attrition was 
investigated. Screw speed was varied between 5 and 
40 RPM, and screw/cavity height varied between 1.2 
and 4 mm to alter the shear forces. Two zonal 
heating regimes during compounding were 
investigated with: (i) the upper (near raw material 
feed) and mid zones set at 380 °C, with the zone 
nearest the gate at 400 °C, and (ii) with the upper 
zones were held at 235 °C, the middle at 275 °C and 
the zone nearest the gate held at 400 °C.  
 

2.3 Method to investigate the fibre length in 
PEEK/carbon fibre extrudates 

Acid digestion similar to a procedure described in 
ASTM D-3171 was used to extract the fibres from 
the matrix. The extruded samples (~0.15 g) were 
placed in a 250 ml beaker and 25 ml concentrated 
(95%) sulphuric acid was poured into the beaker. 
The sulphuric acid was heated on a heating plate 
(~150 °C) until it began to fume. Then 35 ml of 50% 
hydrogen peroxide was added. The hydrogen 
peroxide was added at a rate of 1 drop per 2 s and 
1drop per 1 s after 5 min. If the solution did not 
become clear, a further 5 ml hydrogen peroxide was 
added. Subsequently, the beaker was removed from 
the heating plate and 200 ml distilled water was 
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added to cool the solution down [7,8]. The cold 
solution was filtered in a Büchner funnel with 
cellulose ‘Whatman filter paper’ (Particle Retention 
Liquid 11µm, Air Flow rate 10.5 s/100 ml) and a 
vacuum flask. The wet filter and the fibres were 
placed in a petri-dish. Subsequently, the glass bowl 
was covered with aluminium foil, to minimise the 
loss of fibres during the drying in a vacuum oven. A 
needle was used to stamp holes [d < 1 mm] in the 
aluminium foil. The fibres were dried in a vacuum 
oven at 100 °C for 1 hour. 

The dried filters were patted to disperse a small 
amount of free carbon fibres into a glass bowl (d = 
20 cm). Then the glass bowl was completely covered 
with another glass bowl and shaken to disperse the 
carbon fibres. Aluminium stubs with adhesion 
carbon tabs were pressed onto the surface of the 
glass bowls. A ‘JEOL JSM5610LV’ scanning 
electron microscope (SEM) was used to assess the 
length of the fibres. Image analysis software, 
‘ImageJ 1.6.0_20’ was used to analyse the 
microscope images. For each sample four pictures 
were taken from different regions per stub. For all 
length analysis 200 randomly selected fibres were 
measured in each sample. Alternatively, dried filters 
were patted to disperse carbon fibres on to 
microscopic slides. This microscopic slide was 
covered by a second microscopic slide. A polymer 
film (Parafilm “M”, Pechinery Plastic Packaging) 
was placed between the microscopic slides along the 
edges. The microscopic slides and the polymer film 
were heated to 80°C. The polymer melted and 
formed a stable joint between the microscopic slides. 
An ‘Olympus TGH MTV-3’ optical microscope 
connected to a ‘Imagine Micro Publisher 5. RTV’ 
video camera was used to take images of the fibres 
between the microscopic slides. The SEM as well as 
the optical microscope was suitable to investigate 
the fibre length. The SEM is more suitable for a 
large number of samples because several samples 
can be placed in the SEM, which reduced the set-up 
time. The optical microscope is more suitable for a 
small number of samples because only one sample 
can be placed on the mechanical stage. 

The ‘Micromeritics-Accupyc 1330’ helium 
pycnometer was used to measure the absolute 
densities. Ten runs with five purges in each run were 
conducted for every sample. The purge fill pressure 
and the run fill pressure were set to 19.5 psi. The 

arithmetic mean was regarded as the true value. The 
envelope densities of the samples were measured 
with the ‘Geopyc 1360’ powder pycnometer. Ten 
runs were conducted for every sample. The 
consolidation force was set to 28000 N. A chamber 
with a diameter of 12.7 mm was used. From the 
absolute density and the envelope density the 
porosity were calculated. 

 

2.4 Investigation of fibre orientation 

To quantify the fibre orientation in the extruded 
material, an approach similar to Yurgatis and Lee 
was followed [8,9]. First, samples of the extruded 
material were clamped into the block shown below 
and manually ground down to obtain a smooth 
supporting plane. 

The ground samples were clamped in a metal clip 
and placed in a polyethylene container. A mixture of 
Epoxy Resin (Buehler EpoxiCure 20-8130-128) and 
Epoxy Hardener (Buehler Epoxy Cure 20-81-32-
032) with a mixing ratio of 5:1 respectively was 
poured into the plastic container and left to harden 
for 12 h. 

The hardened epoxy containing the sample was 
removed from the plastic container and polished in a 
‘Buehler Metaserv Motopol 12’ polishing machine. 
Abrasive papers were used to obtain a high surface 
quality. The polished samples were investigated 
using an optical microscope ‘Olympus TGH MTV-
3’ with a video camera ‘QImaging MicroPublisher 5 
RTV’. The video camera was connected to a 
computer. Misaligned fibres appear ellipsoidal. The 
software ‘ImageJ 1.6.0_20’ was used to analyse the 
images. The length ai of the major axis of the ellipse 
was measured and recorded. Equation (1) was used 
to calculate the angle θi between the normal of the 
surface plane and the fibre orientation. The plane cut 
angle φC was 90°. The diameter df of the AS4 carbon 
fibres was expected to be 7.1µm. 200 fibres were 
analysed for each angle distribution. 
 
 𝜑! = sin!! !!

!!
− 𝜑!   (1) 

 
 

2.5 Production of straightened specimens and 
stacked compression moulded composites 
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Despite a support guide after the die exit, the 
extruded material was not completely straight over 
its whole length; the curvature of a typical extrudate 
was measured to 1.3x10-3 mm-1. A steel tool 
(machined, as shown in Fig 2) was used to straighten 
the extruded material in a post-processing step. This 
steel block has three slots; two of the slots have the 
same dimensions such as the nominal depth and 
width of the extruded material. The third slot has the 
same width like two extrudates and was used for 
compression moulding. Square-section extrudates 
were straightened using the confined tool (Fig. 2), 
and compression moulded at 360 °C, with a force of 
0.9 tons. The use of square sections, enable stacking 
to form larger composite specimens without fibre 
misalignment, using the mould shown in Fig. 3. 
 
3 Results 

The flow channel of the square section die acted to 
cool the material sufficiently and prevent the 
material relaxing hence extensive void formation, 
which was obvious using the short (6 mm long) 
circular die. The circular section die resulted in 
extensive void formation, predominantly towards the 
exterior of the sample, shown in Fig. 4. This void 
formation, due to relaxation effects and insufficient 
polymer cooling resulted in extensive fibre 
misalignment. Further, the circular sections could 
not be compression moulded as the material flowed 
causing further misalignment.  
 
An optimised feeding rate of 1 cm min-1 was 
established to extrude continuously square cross 
sections. Too high a feeding rate resulted in 
expansion of the material at the die exit, which were 
highly porous, and extrudates of inconsistent cross-
section. The optimised feeding rate allowed the melt 
to solidify in the extrusion die flow channel and exit 
the die with a square cross-section. An excessively 
low feeding rate led to a blocking of the extrusion 
die by solidified material. The rate of 1 cm min-1 
resulted in the highest stability to the extrusion 
process. Frequently, however, the melt initially 
solidified within the die and blocked the flow 
channel. To prevent a solidification of the polymer 
melt within the extrusion die the temperature of the 
extrusion die was increased by wrapping the die in 
aluminium foil. The extrusion dies were also heated 
with a hot air gun. However, this led to an effect 

similar to a high feeding rate. A solution was found 
by serendipitously; low density polyethylene 
(LDPE) ‘cleaning polymer’ can be used as initial 
lubricant. Prior to the extrusion of the PEEK/carbon 
fibre composite, the cleaning polymer was extruded. 
The extruder was cleaned with a brush and 
remaining material in the extrusion die was pulled 
out. Despite the cleaning, small amounts of the 
cleaning polymer remained in the machine and were 
found on the surface of the extruded PEEK/carbon 
fibre composite. After the initial extrudate of 
PEEK/carbon composite passed through the die, the 
extrusion was possible without further addition of 
other polymers. 
 
By sampling fibres from different locations in the 
extruder, at the gate and exit, no correlation was 
observed between length and location for those in 
the already in the melt zone was found. The majority 
of the fibres were broken in the melt in the lower 
heating zone. Fibres in the upper and mid zones of 
the cavity, above the melt zone, were of lengths > 1 
mm. Longer fibres resulted from zonal heating 
(using condition (ii), described above). A screw 
speed of 30 RPM and screw/cavity height of 2 mm 
using these heating conditions resulted in greatest 
average fibre length in the extrudates, of 123 ± 32 
µm, whereas fibres of length 96 ± 22 resulted when 
upper and mid zones were held at a temperature of 
375 °C. The distribution of these fibre sizes for 
zonal heating conditions (i) and (ii – less exposure of 
the fibre in the polymer melt), are given in Figs. 5 
and 6, respectively. 
 
The improvement can be attributed to the shifting of 
the heating zones which shifted the melting zone 
closer to the exit if the extruder, which in turn 
reduces the residence time in the polymer melt 
leading to less fibre attrition. There was a weak 
trend to longer fibres with increasing screw/cavity 
height. The lower shear forces due to lower screw 
speeds did not lead to significantly longer fibres in 
the extruded material. The fibres remain a shorter 
time in the melt at higher screw speed. Turkovich 
and Erwin also observed that most fibre breakage 
occurs due to fibre-polymer interaction in the melt 
[10]. Thus at higher screw speeds, the fibres have 
less time to undergo breakage. The longest fibres 
(123 ± 20 µm) were found using a screw/cavity 
height of 2 mm and screw speed of 30 RPM.  
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The fibres have a high degree of alignment in the 
skin region, as shown in Figs. 7-8 (to a depth of ~ 
0.5 mm from the outside of the extrudate towards 
the centre of the specimen cross-section); whereas 
the core region exhibited a spiral pattern with 
significant fibre misalignment (Fig. 7). We 
hypothesise that the spiral pattern originates from 
the screw rotation. This was anticipated due to shear 
forces causing fibre alignment in the surface layers 
and extensional flow in the centre region, which 
causes fibre misalignment [1].  The extrusion die 
had a strong effect on the porosity. The use of the 
square section die (Fig. 1) instead of the circular die 
reduced the porosity of the extrudate from ~ 20% to 
< 3% . The longer flow channel of the square section 
die also 2 enabled the solidification of the polymer 
within the extrusion die. Thus the melt cools down 
under pressure, which reduces void growth [11]. 
 
In contrast to observations reported in literature [11], 
we did not find a correlation between fibre content 
and void content. The cooling under pressure seems 
to outweigh the influence of the fibre content.  
 
The extruded square section samples could be 
stacked and fitted into a confined tool for 
compression moulding.  Compression moulding did 
not alter the fibre alignment, as melt-flow was 
restricted (Fig. 9). The fibre alignment of the 
compression moulded material above is similar to 
the fibre alignment in the extruded material (Fig. 8). 
The alignment in the centre region is even slightly 
higher, which indicates variations in the extruded 
material. This proves that the extruded material with 
square cross-sections can undergo compression 
moulding without causing significant fibre 
misalignment. The porosity of the heated and 
compression moulded material was investigated 
qualitatively with polished cross-sections. Fig. 10 
shows two extrudates that were heated together 
without the application of pressure, proving that 
reheating of the extruded material leads to massive 
void growth. Whereas application of compression 
leads to well consolidated samples Fig. 9.  
 
4 Conclusions 

A new processing route has been established to 
produce highly aligned, high fibre volume content 
CF reinforced thermoplastics by using already 

wetted UD CF-thermoplastic material as feed stock 
for extrusion, where in situ fibre breakage occurs. 
Alignment is induced using exit dies, which allow 
the material to solidify under pressure.  

The porosity of the extruded material was found to 
depend on the design of the extrusion die. A 
reduction of the porosity from over 20% to less than 
3% was achieved by the use of extrusion dies with a 
long flow channel. Similar to injection moulding, 
dies with a long flow channel allow the melt to cool 
down under pressure and act to supress void growth. 

Subsequent compression moulding can be performed 
on the square section extrudate without loss of fibre 
alignment due to containing in the melt. This 
technique appears promising for the production of 
aligned discontinuous CF-PEEK tape and moulding 
of double curvature components. 

References 
[1] D. Guell and A. Bénard “Flow-induced alignment in 

composite materials: current applications and future 
prospects”. In: T. D. Papathanasiou and D. C. Guell 
[eds.] Flow-induced alignment in composite 
materials Cambridge, England: Woodhead 
Publishing Ltd, pp. 1-42, 1997. 

[2] P. F. Bright, R. J. Crowson, M. J. Folkes ”A study of 
the effect of injection speed on fibre orientation in 
simple mouldings of short glass fibre-filled 
polypropylene”. Journal of Materials Science Vol.13, 
pp. 2497-2506, 1978. 

[3] K. Friedrich, R. Walter, H. Voss, J. Karger-Kocsis 
“Effect of short fibre reinforcement on the fatigue 
crack propagation and fracture of PEEK-matrix 
composites”. Composites Vol.17, pp. 205-216, 1986. 

[4] M. Semadeni, H. Zerlik, P. Rossini, J. Meyer, E. 
Wintermantel “High Fibre Volume Fraction Injection 
Moulding of Carbon Fibre Reinforced 
Polyetheretherketone [PEEK] in Order to Raise 
Mechanical Properties”. Polymers & Polymer 
Composites Vol.6, pp. 279-286, 1998. 

[5] S. Lamorinière “High Performance 
Polyetheretherketone Nanocomposites and 
Hierarchical Composites”, PhD Thesis, Imperial 
College London, 2009. 

[6] M. M. Kostic, L. G. Reifschneider “Design of 
Extrusion Dies”. In: Taylor & Francis Group. [ed.] 
Encyclopedia of Chemical Processing, pp. 633-648, 
2006. 

[7] ASTM International. ASTM D 3171 – 99: “Standard 
Test Methods for Constituent Content of Composite 

ICCM19 333



Materials”. West Conshohocken, United States: 
ASTM International; 1999. 

[8] J. Lee “Compressive Behaviour of Composite 
Laminates Before and After Low Velocity Impact”, 
PhD Thesis, Imperial College London, 2003. 

[9] S. W. Yurgatis “Measurement of small angle 
misalignment in continuous fibre composites”, 
Composites Science and Technology Vol. 30, pp. 
279-283, 1987. 

[10] R. Turkovich and L. Erwin “Fibre Fracture in 
Reinforced Thermoplastic Processing”. Polymer 
Engineering and Science Vol. 23, No. 13, pp 743–
749, 1983. 

[11]  A. Vaxman, M. Narkis, A. Siegmann, S. Kenig “ 
Void formation in short-fiber thermoplastic 
composites”. Polymer Composites Vol. 6, pp. 449-
453, 1989. 

 
Acknowledgement 
This work was funded under the EPSRC Programme 
Grant EP/I02946X/1 on High Performance Ductile 
Composite Technology in collaboration with 
University of Bristol. 
 

   

 
 

 
Fig. 1. Schematics of the steel die design: (A) Face fitting 
to the extruder die exit (circular entrance, middle); (B) 
Die exit (square); (C) Section of the die, showing half of 
the die, the flow channel and features for screwing the die 
to the extruder, and (D) detail view of the flow channel 
transition in section. 
 
 

 
Fig. 2. Schematic and section of the mould used to 
straighten extruded short fibre composite square sections 
(2.5 x 2.5 mm2). 
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Fig. 3. Schematic and section of the mould used for 
compression moulding and consolidation of two extruded 
short fibre composite square sections for tensile test 
specimens (5 x 2.5 mm2). 
 

 
Fig. 4. Cross-section of a sample extruded directly from 
the circular section exit gate of the extruder. Note the 
significant presence of voids towards the exterior/surface 
of the sample. 
 
 

 
Fig. 5. Fibre length melting zone shifted (circular die) 
 

 
Fig. 6. Fibre length melting zone not shifted (circular die) 

 
 

 
Fig. 7. Cross-section of a sample extruded using the 
convergent flow die. Note the spiral formation, 
misalignment towards the core due to the influence of the 
screws, as opposed to the better-aligned CF in the skin 
region, which cooled under influence of shear. 
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Fig. 8. Representative optical micrograph of the skin 
region showing high degree of CF alignment. 
 

 Fig. 9. Representative optical micrograph of two square 
sections, fused together resulting from the compression 
moulding process; two spirals can be seen in the cores of 
the previously separate extrudates (left and right of the 
image) 

 
 
 

 
Fig. 10. Image of uncompressed material showing 
extensive void formation. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Bolted joints have been extensively used on aircraft 

since the dawn of aviation and, even with the recent 

and widespread introduction of composite materials, 

still play a key role in aeronautical structures. Along 

with high strength and versatility, this technology 

offers the possibility to disassemble the joint for 

inspection and maintenance or to access concealed 

parts of the structure. 

During the manufacturing of structures, errors can 

occur. If the structure is expensive, it is 

economically and environmentally important to 

attempt a repair with the aim of restoring the 

designed mechanical performance. A particular error 

that can occur in the production of aeronautical 

structures, such as a wing or fuselage, is the slight 

misplacement of drilled holes in a bolted connection 

between large composite plates. Such errors can be 

repaired through the use of metallic inserts. 

This paper presents a finite element (FE) and 

experimental investigation of the static mechanical 

behaviour of single-lap composite joints, with 

countersunk bolts, repaired with metallic inserts. 

The FE model has been used to help interpret the 

results obtained from the experiments. 

2 Literature Review 

Limited literature can be found on the use of inserts 

as a repair technique in composite fastened joints. 

Previous studies focused on the introduction of 

bonded inserts to increase the bearing strength of 

fastened joints. Camanho and Matthews [1] 

investigated the use of bonded metallic inserts to 

improve the strength of double-lap composite bolted 

joints. It was found that bonded metallic inserts 

reduced the stress concentrations in the vicinity of 

the hole. Nevertheless, the failure of the adhesive 

took place far before the ultimate load of the joint, 

hence, providing little improvement. Camanho et al. 

[2] found that the development of damage was 

delayed using bonded inserts due to the new regions 

of load transfer that were created. Bonded inserts 

were able to transfer the load to the laminate through 

the whole surface of the hole instead of 

approximately half the hole surface. However, after 

the failure of the adhesive, the stresses were not 

relieved anymore and the laminate exhibited 

composite bearing failure.  

Mazraehshahi et al. [3] focused their study on the 

influence of the geometry of the insert on the stress 

field of composite plates. The effects of different 

thicknesses, clearances and materials were studied 

by means of a three-dimensional finite element 

model. They concluded that increasing clearances 

lead to higher radial stresses. In addition, the 

reduction of stress concentrations when using 

thicker inserts was confirmed by this study. 

3 Investigated Configurations 

The analysed configurations consisted of single-lap 

joints made of unidirectional carbon fibre reinforced 

plastic (CFRP) plates, titanium countersunk bolts 

and steel nuts, tested under tensile loading. The 

single-lap joint configurations consisted of two bolts 

contrary placed, with the fastener heads on different 

sides of the joint as shown in Fig. 1. Two different 

composite plate thicknesses and two different bolt 

reference configurations were used per each 

thickness, named standard and swapped. In the 

standard single-lap joint configuration, the 

countersunk heads of the bolts were placed towards 

the run-out of the plates (critical location for shear-

out failure; Figs 1 and 3). On the contrary, in the 

swapped single-lap joint configuration, the 

countersunk heads of the bolts were placed in the 

internal holes of the plates (critical location for net-

section failure; Fig. 2). Two support composite 

plates were also bonded to the main plates of the 

joint to avoid any eccentricity in the application of 

the external tensile load. The stacking sequence of 

the CFRP plates was [±45/0/90/∓45/0/90]S and  

[(±45/0/90/∓45/0/90)2]S for the thin and thick 

NUMERICAL AND EXPERIMENTAL INVESTIGATION OF 
COMPOSITE BOLTED JOINTS REPAIRED WITH INSERTS 

 
E.I. Avgoulas*, S. Tejada, C. Stocchi, P. Robinson, S. Pinho 

Aeronautics, Imperial College London, London, UK, 
* Corresponding author (ea311@imperial.ac.uk) 

 

Keywords: composite joints, countersunk bolts, fasteners, repair, insert, fem, testing 

ICCM19 337

mailto:ea311@imperial.ac.uk


specimens, respectively. Thus, both thin and thick 

laminates consisted of 50% of ±45
o
 plies, 25% of 0

o
 

plies and 25% of 90
o
. The ply thickness of the 

material used was nominally 0.187mm [4], yielding 

a nominal laminate thickness after curing of ~3 mm 

and ~6 mm. Bolt types EN6114K4-4 and 

EN6114K4-8 were used. The bolts for both thin and 

thick configurations had identical diameter (6.35 

mm; (1/4")) and countersunk head but different 

shank length. In all the configurations, nut type 

ASNA2536-4 was used and the repair inserts were 

made of aluminium. The investigated configurations 

were: 

 reference joints; without insert, designed to 

have bearing/fastener failure (Fig. 1). Two 

swapped and two standard joint configurations 

for both composite plate thicknesses were 

studied (i.e. a total of four different 

configurations); 

 joints with coaxial (symmetric) inserts; an 

aluminium insert with coaxial internal and 

external profiles was located around a 

countersunk bolt head. This is a repair 

technique for a joint with a hole drilled in the 

correct position but with an oversized diameter. 

The cases of inserts with wall thicknesses of 

1.07 and 3.32 mm were studied (Fig. 2) and for 

both the thin and thick composite plates (i.e. a 

total of four different configurations). Coaxial 

inserts were placed at the internal hole of the 

joint in order to study possible net-tension 

failures. Thus the swapped joint configuration 

was used for all the coaxial inserts; 

 joints with non-coaxial (asymmetric) inserts; an 

aluminium insert with non-coaxial internal and 

external profiles was located around a 

countersunk head. This is a repair technique for 

a joint with axis of a drilled hole not positioned 

in the correct location. Three cases were studied 

for both thin and thick composite plates (i.e. a 

total of 6 different configurations). The inserts 

were positioned towards the run-out (Fig. 3), 

towards the other bolt and towards the side of 

the composite plate. Non-coaxial inserts were 

placed close to the run-out to investigate 

possible shear out failures. Thus the standard 

joint configuration was used for all the non-

coaxial inserts. 

3.1 Nomenclature 

A numerical code allows a fast identification of the 

configuration and an alphabetical code provides a 

full description of the sample.  The alphabetical code 

is based on abbreviations that indicate the position 

of the bolts (standard or swapped), the thickness of 

the composite plates, the size and type of the insert 

and the positioning for the non-coaxial inserts (Table 

1). A complete list of the specimens under 

investigation is presented in Table 2, which relates 

the numerical and alphabetical codes. The different 

insert configurations used are illustrated in Fig 4. 

4 Finite Element Investigation 

Highly-detailed, three-dimensional, non-linear 

finite-element models of composite bolted joints 

repaired with metallic inserts (Fig. 5) were 

developed with the finite element software Abaqus 

6.10, based on the work published by Stocchi et al. 

[5].  

A three-dimensional model was required to study the 

joint behaviour due to the three dimensional stress 

state introduced by the preload, the hole edge 

stresses and the secondary bending [6]. In order to 

provide a time-effective means of evaluating the 

repaired joint behaviour, a script was coded in 

Python to automatically generate the FE models for 

the desired configurations. 

The mesh density and the element refinement were 

found as the best compromise between convergence, 

accuracy and computational cost (Fig. 5). The model 

is able to account for the effect of the clearances 

between the bolt, the insert and the composite plates 

(Fig. 6). 

The material modelling comprised of an elasto-

plastic behaviour for the metallic materials and 

orthotropic elastic behaviour for the CFRP. A full 

definition of all the contacts between the plates, the 

bolts and the insert was implemented. The FE model 

was validated against the results obtained during the 

experimental program. The analysis has a dynamic-

implicit formulation and was divided in two steps: 

1. the clamping force was applied to the bolts 

using the Bolt Load keyword, which shrinks 

the length of the shank to introduce the 

desired preload. 

2. grips were simulated by two rigid bodies 

located at the edges of the model and 

associated with two reference points. The 

tensile load was applied imposing a linear 

displacement to one of these points whereas 

the other was kept fixed. 

Several parametric studies were conducted to 

investigate the effect of the hole-insert-bolt 

clearances and of the height of the insert on the joint 

mechanical behaviour. 
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5 Experimental Procedure  

5.1 Specimen Manufacture  

The two different thicknesses of the quasi-isotropic 

laminates were manufactured and cured according to 

the prepreg manufacturer recommended procedure. 

Once manufactured, all the panels were 

ultrasonically (C-scan) tested in order to ensure that 

no defects were present (e.g. delaminations, 

inclusions, voids). The support plates were bonded 

to the main plates using FM300 film adhesive. 

Before bonding, the surfaces were sand-blasted and 

cleaned. The specimens were obtained by dry-

cutting the panels into strips with a nominal width of 

50.8 mm and the holes were drilled using tungsten 

carbide drills. 

The accurate positioning of the insert in the joint 

was of paramount importance in order to correctly 

evaluate the behaviour of the joint with the insert. 

Therefore, great care was given to the positioning of 

the insert into the hole. In all the joint 

configurations, the length of the insert was adjusted 

(by abrading the lower surface), so that it was       

0.2 mm shorter than the thickness of the composite 

plate.  All bolts were tightened with a torque of     

7.4 Nm. Fig. 7 shows an assembled specimen with a 

non-coaxial insert located towards the run-out of the 

plate. Two specimens were manufactured for each 

investigated configurations mentioned in section 3.  

5.2 Tensile Testing 

Static tensile tests were performed on two specimens 

for each configuration (Fig. 8). A test machine 

(Instron 4505) was used to perform the tensile tests, 

using a 100 kN load cell. A fixed displacement rate 

of 1 mm/min was used for all the tests. 

The specimens were tested until final failure, 

passing through a partial unload-reload loop. The 

thin and thick specimens were loaded up to 18 kN 

and 27 kN, respectively, then unloaded to 10 kN and 

finally re-loaded to failure. The load and 

displacement readings were taken from the machine 

load cell and LVDTs, respectively (Fig. 8).  

5.3 Non Destructive Evaluation 

In addition to visual observation, a post-failure 

analysis of the failure of the specimens was 

conducted, using X-Rays. Since the X-Ray linear 

absorption coefficient of CFRP is relatively low, an 

opaque organic X-Ray penetrant (dibromomethane) 

was used to highlight the damage in the vicinity of 

the holes. Each specimen was immersed in the 

penetrant for 2 min (contact time) and left to dry for 

20 mins (dwell time) before being X-Ray tested.  

6 Results and Discussion 

6.1 Stages in Load-Displacement Behaviour 

Both the FE investigation and the experimental 

program highlighted five stages in the behaviour of 

the repaired composite joints, as observed by 

Stocchi et al. [5] for joints without inserts. The 

stages were (i) No-Slip, (ii) Slip, (iii) Full Contact, 

(iv) Damage and (v) Final Failure. The different 

stages can be clearly identified in the sample load-

displacement curve of the test 3.6/1 st-tk-L-asym-sd 

(Fig. 9).  

In the No-slip stage, the joint exhibits the highest 

stiffness of the five stages. Stocchi et al. [5] showed 

that, in the No-slip stage, the load is fully transferred 

through friction. In this stage the shank of the bolt is 

not in contact with the plate or the straight surface of 

the insert and no relative movement between the 

plates occurs. Therefore, the stiffness of the joint 

depends on the stiffness of the CFRP plates. It can 

be seen from the Load-Displacement graph (Fig. 10) 

that the length of this stage was approximately the 

same for reference and repaired joints. 
The Slip stage starts when the external force exceeds 

the maximum load that can be transferred only 

through friction between the plates. From this point 

forward, the plates start to slip and the clearance 

between holes and bolts is progressively reduced. 

There is no significant increase in the carried load 

and a substantial drop in the stiffness occurs. The 

length of the Slip stage is therefore linked to the 

amount of clearance present in the joint. This is in 

full accordance with the numerical and experimental 

work of McCarthy et al. [7, 8] and Stocchi et al. [5]. 

The smooth stiffness transition between the Slip and 

the Full Contact stage is due to the progressively 

increasing contact between the bolt, insert and hole. 

The straight holes of the plate are usually the first to 

come in contact with the shank of the bolt, followed 

by the contact of the straight portion of the 

countersunk hole with the straight surface of the 

insert. The order of the contact sequence depends on 

the relative clearances between the plate, insert and 

bolt.  

In the Full Contact stage the majority of the load is 

transferred through the contact between the shank of 

the bolts and the straight portion of the holes and the 

inserts. The local compliance of the aforementioned 
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contact leads to lower stiffness compared to the No-

Slip stage. 

The Damage stage is characterised by a progressive 

loss of stiffness caused by the metallic components 

undergoing extensive yielding together with the 

onset and propagation of bearing damage in the 

composite plates.  

Eventually, Final Failure stage results in a sudden 

drop in the load carried by the joint. The failure can 

be attributed to a single failure mode such as bolt 

head failure or to a combination of different failure 

modes. 

6.2 Numerical Results: Bolt/Insert Failures and 

Parametric Studies 

High concentration of stress and plastic strain was 

found at the fillets of the bolt head and insert, and at 

the straight contact area of the latter. The application 

of the 10 kN bolt preload appears to be enough to 

plasticise extensively the insert and to cause a more 

localised yielding of the bolts. The yielding 

subsequently progresses to the straight portion of the 

insert with the application of the tensile loading. The 

bolt shank section at the height of the faying surface 

also exhibited extensive plastic strain due to high 

shear stresses. 

The numerical results indicated that the 

configurations with inserts exhibit a similar response 

to the reference configurations. Thin configurations 

showed lower stiffness than reference ones in the 

Full-Contact phase probably due to the extensive 

yielding of the inserts that was also observed during 

the experimental program. The joints with non-

coaxial inserts did not exhibit a different behaviour 

except for the 3.5 st-tn-L-asym-sd configuration 

samples with non-coaxial inserts which exhibited a 

softening phase larger than expected (Fig. 11). This 

behaviour was also present during the testing of the 

samples and it seems that it could have been caused 

by the rotation of the insert around its external 

profile axis, due to the moment generated by the 

resultant forces of the bolt and plate on the insert 

(Fig. 12). The rotation of the insert was limited by 

the friction forces and the presence of the bolt.  
A parametric study was performed in order to assess 

the impact of the height of the insert on the preload 

distribution due to the reduction of the distance 

between the insert and the lower plate when the 

preload is applied (Fig. 13). The analyses were 

performed using the 3.1 st-tn-L-asym-out 

configuration. A first FE analysis was carried out 

with a 0.3 mm gap between the bottom end of the 

insert and the opposite composite plate so that no 

contact between the insert and plate could occur. 

Subsequently, the 3.1 st-tn-L-asym-out 

configuration was analysed with no gap between the 

insert and the lower plate. The numerical results 

showed that the configurations had similar responses 

and that the No-Slip and Slip phases were clearly 

defined in both configurations. Therefore, when no 

gap was present, the preload compressed the insert 

against the lower plate and the friction between the 

insert and the lower plate was responsible for the 

No-Slip phase (Fig. 14). Hence, the height of the 

insert did not have a noticeable impact in load 

response of the joint for this specific type of insert 

repair and similar coefficients of friction between 

both plates and between the insert and the bottom 

plate. 

Clearances are known to play an important role in 

the distribution of the load in multi-bolt composite 

joints [9]. Therefore, the influence of the clearances 

on the joints with inserts was investigated using the 

parametric capabilities of the FEM model. Two 

different scenarios were studied for the                  

3.3 st-tn-L-asym-in. Clearances of 0.2 mm and       

0.3 mm between the insert and the plate were 

considered. First, maintaining at 0.05 mm the 

clearances at the other bolt and, second, by having at 

the other bolt the same clearance of the insert        

(i.e. 0.2 mm and 0.3 mm). The results showed that a 

clear sliding phase was present for the second 

scenario whereas almost no clearance was found in 

the response behaviour for the first scenario (Figs 15 

and 16). The results also showed that contact 

stresses increased in both scenarios in comparison 

with the nominal 3.3 st-tn-L-asym-sd configuration 

with a clearance of 0.09 mm in the insert. For a 

tensile load of 15 kN, the contact stresses increased 

by 8% and 31% for the first and second scenarios 

respectively with a gap of 0.3 mm. 

Since the clearances at the insert for the first 

scenario were around four to six times the clearances 

at the bolt, contact occurred at the bolt with no insert 

far earlier than for the one with the insert, showing a 

response with a short sliding phase and a moderate 

increase of the stresses due to the unequal sharing of 

the load, which is in line with previous studies on 

clearances [7]. For the second scenario, since insert 

and bolt had large clearances, both plates had to 

slide further until Full-Contact was achieved, 

resulting in a considerably longer sliding phase and 

a consequent loss of stiffness. Higher clearances 

reduced the bolt-plate contact area [5, 8], partially 

leading to an increase of 31% in the contact stresses. 

In addition, higher clearances resulted in further 
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indentation of the bolts due to larger secondary 

bending [10]. 

6.3 Experimental Results on Bolt/Insert Failures 

6.3.1 Joint behaviour 

Load versus Displacement graphs were obtained 

from all the tests. The displacements were calculated 

from the LVDTs (Fig. 8).  

The test machine cross head displacement was 

significantly larger than the displacement 

determined from the LVDT readings due to the 

compliance of the machine. 

6.3.2 Unload-Reload loop 

The unload-reload loops were characterised by a 

joint stiffness similar to the No-Slip stage. The 

stiffness increase with respect to the Full-Contact 

stage is due to the friction between the two plates 

which limits the relative movement of the plates. As 

for the No-Slip stage, in the unload-reload loop the 

change in the load is mainly transferred by friction. 

Therefore, the different paths followed by the 

unload-reload loop can be attributed to the limited 

amount of slip between the plates. The area between 

the load paths represents the energy dissipation due 

to friction. Finally, the limited plate movement 

results in the initial and final points of the unload-

reload loop being nearly coincident. 

6.3.3 Maximum Load Comparison 

The average maximum load for the standard and 

swapped thin reference joint configurations were 

32% and 35% lower than the corresponding thick 

joints. Therefore, the average tensile stresses 

reached in the thin composite specimens were on 

average 36% and 30% higher than for the thick 

specimens of the standard and swapped 

configurations, respectively. Hence, the thin 

specimens exhibited better efficiency than the 

corresponding thick ones.  

However, the failure modes found for both thick and 

thin reference configurations were bolt head failure 

instead of composite failure, and therefore, the thin 

specimens, although more efficient, led to bolt 

failure for lower tensile loads than the thick 

specimens.  

This premature bolt head failure found for the thin 

specimens can be explained by the larger secondary 

bending suffered by the thin specimens, which 
resulted in a greater tilting of the bolts inside the 

holes. Taking a closer look at the bolt head failure 

present for all the reference samples (except for 

1.1/1 st-tn-Ref, where bolt pull through failure 

occurred), it was concluded that the head failure 

occurred when cracks propagated upwards from the 

fillet of the countersunk head (Fig. 17). This bolt 

head failure is driven by the forces acting on the 

countersunk head of the bolt. In thick specimens, 

stresses were more evenly distributed along the area 

of contact between the bolt and the composite plate. 

On the contrary, in thin specimens, the larger tilting 

of bolts reduced the area of contact at the shank, 

increasing the contact stresses at the head and the 

fillet of the bolt, and thus, leading to the premature 

failure of the bolts. 

Small differences in the strength were generally 

found between configurations with inserts and their 

respective reference configurations. Figs 18-21 show 

the average maximum load for all the configurations 

under study. The range of each error bar shows the 

two load values obtained for the two tested 

specimens for each configuration. Error bars are not 

available for configurations 3.3 st-tn-L-asym-in,   

3.5 st-tn-L-asym-sd, 3.2 st-tk-L-asym-out and       

3.6 st-tk-L-asym-sd, since only one specimen was 

tested for these configurations. The numbers in 

brackets inside the bars of Figs 18-21 refer to the 

percentage difference between the average 

maximum load obtained for the specific 

configuration with the insert and for the 

corresponding reference joint. The largest difference 

in strength was observed for the thin plate specimen 

of 3.5 st-tn-L-asym-sd configuration, which 

exhibited a maximum load of 15% lower than the 

1.3 st-tn-Ref reference joint (Fig. 20). The rest of the 

configurations showed consistent results between 

reference and repaired joints with the average 

maximum loads fluctuating between -6% and +7% 

compared with the reference configurations. Even if 

the difference was generally limited, 2.2 st-tk-S-sym 

(Fig. 19) and 2.3 sw-tn-L-sym (Fig. 18) were the 

only configurations with inserts that showed an 

improvement on the maximum load. Configurations 

3.1 st-tn-L-asym-out (Fig. 20) and 3.6 st-tk-L-asym-

sd (Fig. 21) exhibited almost no difference in the 

maximum load compared to their respective 

reference configurations. 

The results generally showed that the composite 

bolted joints with inserts have similar strength to the 

joints without inserts. This is because the maximum 

load was mostly dependent on the strength of the 

bolt rather than on the strength of the laminate or the 

insert. Bearing damage and plasticisation of the 

insert led to higher maximum displacements but did 

not directly cause the final failure of the joint. This 

conclusion is in agreement with the tests on 
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composite bolted joints without inserts performed by 

McCarthy et al. [7], where although the bearing 

damage was the primary failure mode, the ultimate 

joint failure was bolt head failure. 

6.3.4 Failure Observation 

6.3.4.1 Visual Observation 

As aforementioned, the dominant failure mode in the 

tests performed was bolt head failure (Fig. 17). 

Neither net-section, nor shear-out failures occurred 

in the tested specimens. The specimens showed 

secondary bending along their length when loaded 

due to the anti-symmetry of the joints. This effect 

was particularly obvious for the thin specimens due 

to their lower bending stiffness. As a result, tilting of 

the bolts into the holes occurred, which led to a 

combination of bolt pull through failure and bolt 

head failure (Fig. 22). However, only 1.1/1 sw-tn 

and 3.1/1 st-tn-L-asym-out specimens exhibited pure 

bolt pull through failure (Fig. 23). 

It was found that failure occurred mostly in the bolt 

without the insert. This might be caused by the 

unequal load sharing at the two bolts due to the 

extensive yielding of the insert (Fig. 24, test 2.1/2 

sw-tn-S-sym). This phenomenon was accompanied 

with hole elongation and it was more extensive in 

the thin specimens than in the thick ones (Fig. 25). 

Furthermore, insert tilting was observed to induce 

surface damage. The worn region that is illustrated 

in Fig. 26 (Hole 1) was the result of the matrix being 

smeared out due to the contact with the insert.  

Further damage was observed at the faying surface 

of the composite plates in the vicinity of the holes 

for the thin specimens. Cracks were observed in the 

direction of the fibres of the external ply for both 

specimens of test 2.3 sw-tn-L-sym, (Fig. 26; Hole 2 

of the composite plate). In the majority of the thick 

specimens, limited damage was visually observed in 

the composite plates.  

Extensive bearing damage was found in the thin 

configurations while the thick configurations 

exhibited almost no presence of bearing damage 

(Fig. 27). The following equation [11] was 

employed in order to calculate the load that would 

trigger bearing damage for thick specimens. 

                            b
b

P
S

dt
            (1) 

where Sb is the bearing stress, Pb is the bearing load, 

d is the diameter of the hole and t is the thickness of 

the plate. 

Since the numerical models presented in this paper 

did not account for bearing damage, the knee in the 

experimental load-displacement curve was 

considered as the bearing damage initiation load. 

Thus, it can be seen from test 1.3 st-tn-Ref (Fig. 28) 

that the onset of bearing damage for thin specimens 

occurred around 16.5 kN. This leads to an initiation 

of bearing damage at a stress around 866 MPa 

according to equation 1. Following the same 

approach, for thick specimens the external load 

would have to reach 33 kN to trigger the initiation of 

bearing damage. Little or no bearing damage was 

found for thick specimens since bolt head failure 

generally occurred at loads slightly lower than       

33 kN and hence, before significant bearing damage 

could develop in the thick specimens. 

Likewise, the inserts installed in the thick 

configurations suffered significantly less damage 

compared to the inserts used in the thin 

configurations (Fig. 27). 

6.3.4.2 X-Ray Observation 

 X-Rays were used for the post failure analysis of 

some of the thin specimens. The image processing 

techniques that were used gave a clear image of the 

fracture surfaces and of the extent of the damage on 

the specimens. The length of the bearing damage is 

clearly illustrated in the X-Rays images (Fig. 29). 

Delamination was observed near the holes in some 

specimens, (Fig. 29) being depicted in the picture by 

a dark shadow around the hole. The delamination 

was found to be localised opposite to the hole face 

where bearing occurred and also in the countersunk 

hole of the plate. The tilting of the bolt into the hole 

led to the abrading of the composite plies by the 

countersunk head of the bolt which probably caused 

the initiation of delamination in this region of the 

hole. 

In addition, the damage observed on the surface 

around the hole edges was most likely to be caused 

by the drilling procedure, which is in line with 

similar observations made by Starikov and Schön 

[12]. 

6.4 Comparison of Finite element and 

Experimental results 

The numerical and experimental Load-Displacement 

curves were in good agreement for the No-Slip, Slip 

and Full contact stages as well as for the unload-

reload loop. 

However, for the Damage stage, the actual response 

of the joint differed from the numerical simulations. 

This is because the model employed only accounted 

for the softening introduced by the plasticisation of 
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the metallic insert and bolts, but no bearing damage 

in the composite plate was considered. 

The differences found in the Slip stage were likely to 

be attributed to the variation in the manufactured 

clearances, while the differences in the Full-Contact 

phase were mainly determined by the limits of the 

yielding model used for the inserts. 

7 Conclusions 

A finite-element and experimental investigation of 

single-lap composite joints with countersunk bolts, 

repaired with different types of metallic inserts 

under static tensile load was presented. 

Five stages were identified in the joint behaviour 

with inserts. These were (i) No-Slip, (ii) Slip, (iii) 

Full Contact, (iv) Damage and (v) Final Failure. 

Bolt head failure was the dominant failure mode 

observed for all the joints. The experimental results 

showed that the inserts under study did not trigger 

any shear out or net tension failure of the joints. 

The analysis of the experimental load-displacement 

response suggested that the use of asymmetric 

inserts led to a slightly lower stiffness in the Slip and 

the Full Contact stages which is in agreement with 

the behaviour predicted by the numerical 

simulations. 

According to the experimental results, the strength 

of the repaired composite joints did not exhibit 

significant variations compared to the reference 

samples without inserts.  

The post failure analysis showed extensive bearing 

damage in the thin composite plates as well as 

massive yielding of the inserts. In contrast, thick 

specimens did not exhibit significant bearing 

damage since bolt head failure occurred first.  

The parametric studies performed with the FE model 

showed that the clearances between the inserts and 

the plate had a great impact on the stress state of the 

joint, directly affecting the load distribution between 

the bolts. 

The experimental study concluded that the repaired 

joints performed as well as the non-repaired ones 

only with a slight reduction of stiffness. 

The FE model was able to capture the key stages in 

the behaviour and to identify the critical points in the 

joints, providing a valuable insight into the joint 

response. 
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Table. 1. Alphabetical code used for the designation of 

the different configurations. 

sw
Swapped bolts configuration 

(Net tension failure check)

st
Standard bolts configuration 

(Shear out failure check) 

tn Thin plate specimen

tk Thick plate specimen

S Small insert

L Large insert

sym Coaxial (symmetric) insert

asym Non-coaxial (asymmetric) insert 

in Towards the inner bolt

out Towards the run out of the plate

sd Towards one side of the plate

Insert size 

(external diameter)

Plate thickness

Swapped/Standard

Insert symmetry

Asymmetry direction

 

Table. 2. Numerical code used for the fourteen different 

configurations under investigation. 

No Code No Code No Code

1.1 sw-tn 2.1 sw-tn-S-sym 3.1 st-tn-L-asym-out

1.2 sw-tk 2.2 sw-tk-S-sym 3.2 st-tk-L-asym-out

1.3 st-tn 2.3 sw-tn-L-sym 3.3 st-tn-L-asym-in

1.4 st-tk 2.4 sw-tk-L-sym 3.4 st-tk-L-asym-in

3.5 st-tn-L-asym-sd

3.6 st-tk-L-asym-sd

Reference specimens Shear out specimensNet tension specimens

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 1. Reference composite bolted joint configuration 

with no insert and the countersunk head towards the run 

out. 

 

Fig. 2. Coaxial (symmetric) insert placed in the net 

section critical location with the countersunk head 

towards the gripping area. 

 

Fig. 3. Non-Coaxial (asymmetric) insert placed in the 

shear out critical location towards the run out of the plate. 

 

Fig. 4. Inserts implemented in the repaired composite 

bolted joints under investigation. 
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Fig. 5. Section of a FE model of a composite bolted joint 

with a non-coaxial insert oriented towards the run-out (3.1 

configuration). 

 

Fig. 6. Detail of the insert clearances implemented during 

the meshing strategy for the 3.1 configuration. 

 

Fig. 7. Composite bolted joint with non-coaxial insert 

towards the run-out of the plate. 

 

Fig. 8. Experimental set-up for the tensile test of the 

bolted joint. 

 

Fig. 9. Five stages in the behaviour of a joint with an 

insert. 

 

Fig. 10. Comparison of Load-Displacement curves 

between thin specimens of standard configuration and 

non-coaxial inserts moved towards the run out of the 

plate. 

 

Fig. 11. Load-displacement response comparison between 

reference and 3.5 st-tn-L-asym-sd non-coaxial insert 

configuration. 

LVDT2 LVDT1 Softening phase 
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Fig. 12. Rotation of the insert for 3.5 configuration under 

a 9 kN joint tensile load, left, and the resultant pair of 

forces, right. 

 

Fig. 13. Distance reduction between the countersunk 

insert and the lower plate after the preload. 

 

Fig. 14. Preload path with gap, left, and without it, right. 

 

Fig. 15. Insert clearance influence in the load response 

behaviour for bolted joints under the first clearance 

scenario, 3.3 st-tn-L-asym-in configuration. 

 

Fig. 16. Insert clearance influence in the load response 

behaviour for bolted joints under the second clearance 

scenario, 3.3 st-tn-L-asym-in configuration. 

 

Fig. 17. Bolt head failure. 

 

Fig. 18. Maximum load comparison between tests 1.1 

(sw-tn-Ref), 2.1 (sw-tn-S-sym) and 2.3 (sw-tn-L-sym). 

 

Insert Rotation 
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Fig. 19. Maximum load comparison between tests 1.2 

(sw-tk-Ref), 2.2 (sw-tk-S-sym) and 2.4 (sw-tk-L-sym). 

 

Fig. 20. Maximum load comparison between tests 1.3 (st-

tn-Ref), 3.1 (st-tn-L-asym-out), 3.3 (st-tn-L-asym-in) and 

3.5 (st-tn-L-asym-sd). 

 

Fig. 21. Maximum load comparison between tests 1.4 (st-

tk-Ref), 3.2 (st-tk-L-asym-out), 3.4 (st-tk-L-asym-in) and  

3.6 (st-tk-L-asym-sd). 

  

Fig. 22. Combination of bolt head failure and bolt pull 

through failure, test 2.3/2 sw-tn-L-sym. 

 

Fig. 23. Bolt pull through failure, test 1.1/1 sw-tn-Ref. 

 

Fig. 24. Tilting of the bolt in the insert, test 2.1/2 sw-tn-S-

sym. 

 

Fig. 25. Plasticisation of the insert for thin (Test 2.1/1 sw-

tk-S-sym), right, and thick (Test 2.2/2 sw-tk-S-sym), left. 
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Fig. 26. Surface damage due to the contact with the insert 

(Hole 1) and cracks in the direction of the fibres (Hole 2), 

test 2.3/2 sw-tn-L-sym. 

 

(a) 

 

(b) 

 

(c) 

 

(d) 

Fig. 27. Difference in the extension of bearing damage for 

thin and thick composite plates from the same joint 

configuration. (a) test 2.3/2 sw-tn-L-sym Plate A, (b) test 

2.4/2 Plate A sw-tk-L-sym, (c) test 2.3/2 Plate B, (d) test 

2.4/2 Plate B. 

 

Fig. 28. Comparison between experimental and numerical 

Load-Displacement curves, test 1.3 st-tn-Ref. 

 

Fig. 29. X-Rays applied on Plate A from test 1.1/1 sw-tn-

Ref. 

 

 

 

 

 

Hole 1 
Hole 2 
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Abstract 

Guadua angustifolia kunth (GAK) is a giant bamboo naturally found in South America. It is a renewable and 

sustainable material with very rapid growth. The GAK fibers are potentially suitable for reinforcement of 

composite materials because of its physical properties, good adhesion and resistance to the PLA polymer. This 

kind of composite has a potential to replace wood based products in the construction sector. In this study, GAK 

fibers were extracted and the mechanical properties of GAK fibers-PLA composites were determined. It was 

found the maximum temperature for processing the composite material and the length of GAK for good. The 

GAK fibers were extracted with the kraft process and were manufactured with PLA pellets compound using an 

internal mixer. Composite samples were obtained by varying the fiber size and volume proportions. It was found 

that the use of GAK fibers has a potential for reinforcing composite materials and the inclusion of small fibers 

proportions improves the composite stiffness and strength. 

 

Keywords: Green Composites, Natural Fibers, Biodegradable Matrix, Mechanical Properties 

1 Introduction 

Polymeric materials reinforced with lignocellulosic 

fibers, mainly competing in the market with 

compression molded wood, especially in the 

application of story or profiles in the civil 

construction sector [1].  

In Latin American countries, the introduction of 

these materials requires adaptation to agro-fiber 

vegetables local industry. Guadua angustifolia 

Kunth (GAK) is a giant bamboo species abundant in 

America. It is characterized by sustainable and 

renewable material, with periods growing very fast 

compared to the wood.  

Furthermore, it is a fibrous material high structural 

strength and good performance, so it is used in 

construction sector. However, the top part of the 

GAK, which has the highest concentration of fibers, 

is discarded due to its small diameter.  

Nevertheless, these fibers have mechanical and 

physical properties that make them potentially 

suitable for reinforcement of composite materials, 

giving an add value to this part of the plant. 

 

On the other hand, polylactide (PLA) is a degradable 

polyester derived from renewable resources such a 

cornstarch and sugarcane, among others.  

In particular, natural fiber composites have taken an 

unusual acceptance due to their low cost, and its 

renewable resource, with excellent production 

processes achieves a good balance with regard to its 

mechanical properties, making them comparable to 

references of artificial fiber reinforced materials and 

compete in the sector construction with wood, 

especially in the manufacture of flooring and 

profiles, presenting an accelerated growth. 

 

In the present work, fibers from the top part of the 

GAK were extracted through a chemical digestion 

process, then the extracted fiber bundles were 

characterized, and PLA composites with different 

GAK fiber lengths and volume fractions were 

prepared and tested. 
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2 GAK Fiber Extraction and Properties 

The bamboo species used for the investigation was 

Guadua angustifolia from Cauca Valley, Colombia. 

This region is located at 1100 meters over the sea 

level and 22°C of temperature. The 4-year-old 

bamboo culms used are from the upper part of the 

plant with external diameter that varies from 4.5 to 

10 cm and culm wall from 0.4 to 1.8 cm thick. For 

the digestion process the GAK culms were cut into 

chips of 8 to 10 cm long, 0.5 to 3.0 cm wide and the 

thickness between 0.5 and 2.0 cm at the aim of 

getting a better reagent soaked in the digestion. 

GAK fibers were extracted at the Environmental 

Laboratory of Universidad de los Andes, Colombia. 

 

2.1 Fibers extraction 

The extraction kraft process was performed using 

and autoclave with a temperature of 127°C and 150 

KPa pressure during 4 hours. This process employs 

sodium hydroxide (NaOH) and sodium sulfide 

(Na2S). The digestion was performed with and 

effective alkali EA of 20%, a sulfidity S of 50%, and 

a hydro module HM of 4.The pH was adjusted to 7 

washing the fibers with acetic acid.  

Once the fibers were extracted, they were cut and 

classified into two different sizes: short fibers with 

length between 0.1 and 0.25 mm and medium fibers 

0.25 – 4.76 mm long. The fibers obtained were dried 

at 105°C over 24 hours. 

 

3 PLA-GAK Fibers Composite  

Composites were prepared using two different fiber 

lengths, short (S) and medium (M), and three 

different fiber weight fractions 10%, 20 %, and 40% 

resulting in six different composite formulations: 

S10, S20, S40, M10, M20, and M40 respectively. 

 

3.1 Composites preparation. 

Composite were prepared by dry mixing at room 

temperature for 3 minutes in a high speed mixer. 

Previously the fibers and PLA were dried in a forced 

convection oven Nemmert iP20 for 24 hours at 65 ° 

C. The compounds were processed in the internal 

mixer Brabender Plasti-Corder PLE-331 where 

evaluated the thermal stability characteristics were 

determined and processability process mixtures. 

These were carried out at constant temperature of 

180 ° C and a speed 50rpm for 10 minutes. The 

obtained composite is then cooled down and milled 

into pellets. 

 

3.2 Mechanical characterization. 

The compounds obtained were characterized by 

tensile and bending according to ASTM D638 and 

D790 respectively, in a universal machine Instron 

3367. Additionally Izod impact strength in a 

machine TMI was determined, following ASTM 

D256 standard. The test specimens were obtained by 

compression molding at 180°C taking a total time of 

25 minutes, 10 minutes for preheating, 5 minutes for 

compression, and 10 minutes for cooling. 

 

4 Results and Discussion 

4.1 Thermal stability of fibers. 

The thermal stability of GAK was determined by 

thermal gravimetric analysis (TGA), where was 

possible confirm the stability of fibers until 250°C. 

This is a good behavior taking into account the 

temperature at which the composites are processed. 

The thermogravimetric curve is shown in the figure 

1. Additionally, the tensile strength and modulus of 

elasticity of the fiber is from 233.6 MPa and 20.6 

GPa, respectively [2]. The mechanical properties of 

the fibers are comparable to values of GAK 

resistance glass fibers, so GAK fibers are a good 

alternative to synthetic fibers [2].  

 

An important parameter to consider is the influence 

of the extraction process of the fiber in the 

composite properties, since this is done in an 

alkaline medium, which helps to remove the lignin 

content and improve the adhesion between the fiber 

and the matrix. Thus, the fiber obtained has a surface 

modification, allowing greater the homogeneity in 

the compound. 

 

4.2 Mechanical Characterization. 

Seven tensile tests were performed for each 

composite formulation. Based on the results of these 

tests the elasticity modulus and strength were 

obtained. Average results are shown in Figures 2 and 

3. It can be seen that the composite modulus of 
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elasticity increases not only with the fiber volume 

fraction but also with the fiber length. These results 

are expected since the stiffness of the fibers is higher 

than that of the PLA matrix.  

 

On the other hand, the strength of the composite is 

lower than that of the PLA matrix, and also 

increases with fiber volume fraction. The tensile 

tests showed that the short fiber formulation 40% 

proved to be the best due to its high modulus of 

elasticity in which we determined the material 

stiffness and breaking load of the composite.  

 

This behavior could be attributed to the better 

dispersity of the fibers in a polymer matrix [3], 

increasing the adhesion between the interfaces. 

Considering the potential applications for use, 

formulation of 40% short fiber is ideal for 

application in sheet flooring by having a low 

percentage of elongation and high load bearing. It 

can also be applied in auto parts recorded high 

rigidity [4].  

However, there are no significant differences 

between composites with different fiber lengths but 

equal fiber volume fraction. 

 

Composites were also subjected to seven bending 

tests for each formulation. The resulting average 

moduli of rupture are illustrated in Figure 4. A 

reduction in bending strength is observed in 

comparison to PLA. A possible explanation is that 

although the fibers produce an increase in tensile 

strength, they may cause a reduction in compression 

strength [5]. If this reduction is high enough the 

bending strength of the composite would be also 

reduced. 

 

Finally, seven impact tests were also performed on 

the composite for each formulation. Average results 

are shown in Figure 5. The composite impact 

strength increased in comparison to that of the PLA 

as expected. It was found that the impact resistance 

is higher for all fiber reinforced formulations 

compared to PLA polymer matrix.  

An increase in impact value of 28% relative to the 

polymer matrix was reached. This is attributed to 

increase as the fiber content increases the stiffness of 

the compound [7].  

The optimum value is obtained for the composite 

with a fiber volume fraction of 20% for both fiber 

lengths. 

 

The effect of stiffening fibers in the compound can 

be seen in the dramatic decrease in percent 

elongation. In Figure 6 shows that this effect is most 

noticeable when short fibers are used, that mean, a 

lower percentage of short fibers in the polymer 

matrix provide increased ductility. Moreover, it does 

not happen in the same way with medium fiber and 

in this case is obtained in an optimum average fiber 

formulation 20%. These results are related to those 

obtained in the impact and flexural tests. 

 

However, despite the stiffening which gives the 

fiber, torque levels and fusion times shown by the 

compounds developed doesn’t change significantly, 

and allow these to be processed on conventional 

equipment. Figures 7 and 8 show curves obtained for 

formulations torque limits, ie low short fiber content 

and high fiber content media respectively. 

 

5 Conclusions  

In the present study the use of two biodegradable 

materials, GAK fibers and PLA, in a composite was 

explored for different fiber lengths and fiber volume 

fractions. Results indicate a tensile stiffening effect 

of the fibers in the PLA matrix, but a small reduction 

in tensile and bending strength. The composite 

mechanical properties demonstrate its potential use 

in non-structural elements. Further research is 

required not only to determine the optimum 

PLAGAK fibers composites, but also to explore its 

possible application for structural elements. 
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Fig 1Thermal stability of GAK fibers. 

 

 
Fig 2 Composite average modulus of elasticity. 

 

 

 
Fig 3 Composite average strenght. 

 

 
Fig 4. Composite average modulus of rupture. 
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Fig 5. Composite average impact strength. 

 

 
Fig 6. Elongation at break. 

 

 
Fig 7. Torque curve short fiber 10%. 

 

 

 

 

 
Fig 8. Torque curve medium fiber 40%. 
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1 Introduction
Continuum damage mechanics (CDM) was
introduced to deal with the progressive nature of
failure in composites decades ago [1-3]. Early
development of CDM has been concentrated on the
damage representation, i.e. mathematical description
of damage as a continuum. In a series of
publications of Talreja [1-3], a rational approach
was proposed. The development and the
state-of-the-art of CDM has been reviewed in a
recent paper [4] where the rationality of Talreja’s
CDM approach was appraised and the
inconsistencies in other ad-hoc approaches have
been revealed. However, in Talreja’s CDM, the
damage representation introduced a large number of
damage related material constants (DRMCs). In
[4], an attempt has also been made to determine
some of the DRMCs involved in the damage
representation. Use has been made of a series of
ideal experiments. It has been found that in the
case of a single array of cracks of common
orientation in a UD composite, seven out of eight
DRMCs can be determined and expressed in terms
of conventional elastic properties of the virgin
material. The remaining eighth DRMC can be
determined through numerical experiments. This
has closed an account on the development of the
CDM representation, at least, for this specific mode
of damage.

The present paper is to carry on with the work as in
[4] in a rational manner and to extend the
development to damage evolution by obtaining the
damage driving forces from the derivatives of the
Helmholtz free energy with respect to the damage
variable.

With the damage evolution so described, a complete
integrated CMD framework will be obtained. It
will be presented.

2 Damage Variable, Irreducible Integrity
bases and Helmholtz Free Energy
For planar cracks (microscopic in size and massive
in number), it is often convenient to employ a vector
damage variable to describe the damage [1-3], with
the orientation of the vector coincident with the
normal to the crack surface and the magnitude
indicating the extent of the damage.
As commonly assumed, UD composites are
transversely isotropic materials. For problems
involving a second order tensor (strain ) and vector
(damage v) as the state variables in such a material,
the irreducible invariant integrity [13] bases up to
second order are as follows.

1 1

2 2 3
2 2 2

3 2 4 3
2 2

4 5 6

5 1

6 2 6 3 5

7 2 2 6 2 4 5 3 4 6 3 3 5
2 2

8 2 3
2 2

9 2 2 2 3 4 3 3

2 2

2 2

I
I
I
I
I v
I v v
I v v v v
I v v
I v v v v


 
  
 

 
       

  


 
  
 

 
   
 
  

(1)

Obviously, each base is invariant under coordinate
transformations corresponding to a rotation about
axis-1, the transformation coincides with the
material symmetry, the transverse isotropy. With
this set of integrity bases, the Helmholtz free energy
in terms of a Taylor series can be expressed as:
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(2)
where the constant term (0th order) has been omitted
as it will not make any contribution to the
constitutive relationship to be established. The first
order terms in strains should be included if initial
stresses or strains are involved in the problem but
they have been omitted here for the simplicity of the
present discussion. The terms involving the
components of the damage variable must be in an
even order. This implies that changing the sense of
the damage vector will not result in any change in
terms of the state of damage. This is because crack
surfaces are always paired, opposite to each other,
and the damage vector can be perpendicular to either
of the crack surfaces. All terms of higher orders
than the second, including the coupling terms have
been encapsulated in O2(,v) which will be neglected
subsequently under the assumption of small strain
and small damage.

3 Constitutive Relationship
The deformation process involving damage must
satisfy the second law of thermodynamics
(increasing entropy) to reflect its irreversible nature.
The following constraint is obtained as a necessary
condition for this consideration [12]





σ
ε

(3)

This results in the constitutive relationship for the
damaged material [4]

 0 1  σ Cε C C ε (4)

where 0C is the stiffness of the virgin material and
1C represents the increment of the stiffness due to

damage. (4) above gives the stress, strain and
damage relationship as governed by the law of
thermodynamics.
When the stiffnesses 0C and 1C are expressed
explicitly, they involve a lot of material properties,
in terms of the coefficients in (2). Given the
transverse isotropy of the virgin material, 0C only
involves 5 independent material properties and they
can be readily expressed in terms of familiar terms

of Young’s moduli, shear moduli and Poisson’s
ratio.
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However, even under the restriction on the form of
damage of a single array of microcracks giving v2 as
the only non-vanishing component of the damage
vector resulting in a significant simplification in the
problem, there will still be eight independent
damage related material constants (DRMCs) that
needs to be determined before the constitutive
relationship can be applied. These constants as
material properties are difficult to measure, let alone
the availability of any standard testing methodology.
In [4], it was attempted to carry out ideal
experiments as a classic means in physics to
determined most of these DRMCs. Ideal
experiments are carried out under idealised
conditions. However, this is not necessarily to be
any more inaccurate than a physical test where
results can be affected by a lot of uncertainties.
The basic considerations of these ideal experiments
are the fact that many of the properties of a UD
composite with a single array of microcracks parallel
to fibres will remain affected if the microcracks are
assumed to be mathematical cracks and perfectly
closed before loading. These would offer some
conditions. Mathematically, these conditions can
be expressed in terms of a set of simultaneous
equations. The solution of them leads to the
determination of seven out of eight DRMCs and
they can be expressed interns of conventional elastic
properties of the virgin material. If one introduces

0
2 2 2
2 0

2

E E
v

E
 


  (7)

where  is a proportion factor which determines the
magnitude of the damage variable v as it was not fix
in its original definition. It will appear in all the
DRMCs but eventually absorbed when a more direct
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measure of the magnitude of the damage  is
introduced. The seven DRMCs which have been
determined as given as follows.
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(8)

3 0D 

If the remaining one F1 is expressed in the following
form, its mechanical meaning as the ratio between

relative reduction of transverse shear modulus and

that of the longitudinal shear modulus will become
obvious and it will make its measurement more
straightforward.
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k is the only DRMC left not completely determined
yet. It has been shown in [4] that for a given
material, this DRMC can be determined using
numerical experiments by evaluating constant k.
With the DRMCs so determined, the damage related
part of the stiffness can be expressed as follows.

 1 C  C (10)
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Fig. 1 Ideal experiment (a) uniaxial tension in direction 1 (b) uniaxial tension in direction 3 (c) pure shear in 1-3 plane
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By then, as far as the problem of a single array of
microcracks in a UD composite is concerned, the
damage representation has been formulated
completely and rationally. However, before the
formulated damage representation can be made of
any practical applications, it needs to be furnished
with an appropriate damage evolution law.

3 Damage Evolution
3.1 Damage driving forces
Damage representation of CDM is relatively a
well-developed subject. The development as
outline in the previous section, while moving the
theory a step closer to its practical applications, does
not result in any breakthrough. Its capability of
being applied to predict the process of damage when
the material is under an increasing level or duration
of loading relies on the availability of an appropriate
damage evolution law. A review of the
state-of-the-art on the topic of damage evolution
may reveal the fact that it is a rather underdeveloped
subject where the practice has been mainly based on
some kind of ad hoc approaches one way or another.
The rationality has been limited to the fact that the
derivatives of the Helmholtz free energy with
respect to damage give rise to the so-called damage
driving forces, there has been little rational
discussion about the nature of such forces, while
such forces had been employed in a number of
theories, almost purely on an ad hoc basis. It is a
perfectly valid statement that empirical relationships
play a key role in the formulation of a damage
evolution law. However, it is imperative to
understand how far rationalism can go and where it
should be met by empiricism. An account is
presented below as a first attempt into this problem
while keeping the problem to a single array of
microcracks parallel to fibre.
The damage driving force vector can be obtained by
differentiate the Helmholtz free energy with respect
to the damage vector.
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(11)

where W is a 2nd order tensor or a 33 matrix. Ri

represents the force which drives the evolution of vi.
As only a single array of microcracks is concerned,
v2 is the only non-vanishing component in the
damage vector v as in the damage representation in

the previous section. wij represents the effect of the
presence of vj on Ri (the force driving vi). Since v1

and v3 will not evolve, no matter how they are driven,
the 1st and 3rd rows of W will be of no relevance for
the present study. Similarly, since v1 and v3 are
always zero, the 1st and 3rd columns of W will not
contribute to the damage evolution. One is left a
much simplified case to study, i.e.

2 22 2R W v (12)

Given the fact that v2 is the only contributing
component, it is more convenient to use  to
represent the damage in agreement with the damage
representation as in the previous section. Denote
the relevant part of Helmholtz free energy as ’, the
corresponding damage driving force becomes

22

2
W

 


 


(13)

In general, W22 is independent of damage but a
quadratic function of , it can always be given in the
following form.

22
TW  ε Dε (14)

where the components of D can be expressed in
terms of the DRMCs. Incidentally, all DRMCs
involved in D coincide those in C1, i.e. A5, A6, A8, B4,
B5, C3, D3 and F1, which have been determined in the
damage presentation as outline in the previous
section. To summarise, the damage driving force in
this case is a known quantity at a given state of
damage and strain. To characterise the material, as
far as the damage representation and damage driving
forces are concerned, one only need conventional
elastic constants while the DRMCs associated with
the damage can be obtained from the elastic
constants somehow.
In the literature, empiricism often kicks in as soon as
the damage driving force is obtained. However,
this may be a bit too soon. A simple observation is
made in fracture mechanics that the critical total
energy release rate is not a material constant as it
varies with the modes of fracture, i.e. loading
conditions. Defining the critical damage driving
force as a material property to facilitate the damage
evolution law may fall into the same type of mistake
as taking the total critical energy release rate as a
material property. The consequence would be
inconsistency in the predicted results which in turn
undermines the whole theoretical framework as a
useful tool for engineering applications.
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A close examination of matrix D, one may find that
it is a densely populated matrix. It is therefore hard
to proceed much further directly. The following
manipulations make a significant difference. From
the damage representation, one has already obtained
the stress-strain relationship (4) with damage
incorporated in the stiffness matrix. The inverse of
the relationship can be given as
ε Sσ (15)

where S is the compliance of the damaged material
which has been obtained in [4] as
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Using the compliance above, one can re-express W22

as follows.

22 2 2
T TW

 
 σ SDSσ σ Hσ (17)

where H SDS (18)
bearing in mind of the symmetry of S.
Carrying out the matrix multiplication and
neglecting high order terms of , one obtains the
following expression for H.
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where 0 1
I I IP P P  

0 1
II II IIP P P   (20)

0 1
III III IIIP P P  

and 0
IP , 1

IP , 0
IIP , 1

IIP , 0
IIIP and 1

IIIP are all

independent of damage as well as strain and they can
be expressed in terms of elastic constants of the
virgin material somehow. It has by then transpired
that the damage driving force  is naturally
partitioned into three modes squarely lined up with
the three classic modes of fracture.

I II III      (21)
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It is now convenient to borrow the concept of
fracture mechanics by considering the damage
evolution along the line of crack propagation in
fracture mechanics. The only difference is that the
mode II and mode III are interchangeable here
depending on the location of the crack front one is
looking at. For crack front propagating along the
direction of fibre, 0

IIP and 1
IIP happens to

correspond to mode II, while 0
IIIP and 1

IIIP mode

III. On the other hand, when the propagation in the
direction transverse to fibres is concerned, they
would be just wrong way around. This should not
really matter if one understands that mode II and III
may only be a kind of symbolism here.

3.2 Critical damage driving forces
Based on the established theory of fracture
mechanics, there is a good reason to believe that
critical damage driving forces c

I , c
II and c

III

are material properties which should be obtained
individually when a damaged material is tested
under uniaxial stress state 22, 12 and 23. It is
obvious that other stress components will not affect
the damage and this is in perfect agreement with the
rational derivation above.
In terms of experimental measurements of critical

damage driving forces c
I , c

II and c
III , the

strategy as employed in fracture mechanics for
critical energy release rates might be followed
closely. The differences are (1) distributed damage
in the specimen instead of a pre-planted crack; (2)
the formula of damage driving force to be used
instead of that of the energy release rate. As usual,
one would expect those under shear loading
challenging. However, this has been categorised as
future development beyond this paper.
When the material is subjected to a stress state with
combined 22, 12 and 23, one may have to devise a
mixed mode law in order to determine a critical state
when damage start to evolve. Without losing
generality, assuming a mixed mode criterion as
follows.

1

m m m

I II III

c c c
I II III

  

  

     
       

     

(23)

When the above condition is satisfied, damage will
not evolve. Otherwise, evolution is expected.
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Assuming the condition of evolution is met by a set

of
0 0 0, andI II III   , i.e.

0 0 0

1

m m m

I II III

c c c
I II III

  

  

     
       

     

(24)

The total damage driving force
0 0 0 0

I II III      (25)

may not be a constant for a material as it may vary
with the loading condition in general.

3.3 Damage evolution law
Once the critical condition is met, whether it is
under a pure mode or a mixed mode, the damage
state is expected to evolve. The evolution should
be governed by an appropriate damage evolution law.
Unfortunately, there does not seem to have a unique
way of formulating a damage evolution law.
Empirical approach may have to be resorted to.
One of the approaches as adopted in several
accounts, e.g. [5], is to introduce the concept of
damage surface which is similar to the concept of
yield surface in plasticity. An incremental damage
evolution law can then be derived in a similar way to
that in the incremental theory of plasticity.
However, there is a subtle difference there. A
stress state on the yield surface is reachable as the
domain inside the yield surface is a closed domain in
a mathematical term, while a state on the damage
surface may not be reachable due to the brittle nature
of composites in general. Mathematically, the
domain inside the damage surface is an open domain.
Further derivation of a damage evolution law on the
damage surface might leave a little doubt behind.
An alternative approach is based on the use of
damage driving forces. It is conceivable that
damage should be related to the damage force.

 , ,I II III     (26)

If the above relationship can be established, it will
govern the evolution of the damage. However,
there does not seem to have an established way of
constructing such a relationship, in general.
A possible way forward would be described as
follows. Image the critical state is met at a value of
the damage driving force 0 as given in (25).
One can expand the function in (26) into a Tailor’s
series in the neighbourhood of the critical state at a
given damage 0 with high order terms can be
neglected.

     0 0 0 0
I I I II II II III III III                 

(27)
where I, II and III are damage evolution related
material constants and they will have to be
determined empirically through experiments.
It is conceivable that the measurements of these
constants can be incorporated in the same tests as
those for critical damage driving forces c

I , c
II

and c
III . A possible way of measuring critical

damage driving forces c
I , c

II and c
III and

damage evolution related material constants I, II

and III can be envisaged as follows.
Introduce a certain level of damage in a specimen,
e.g. by loading up appropriately to generate
microcracks, one can apply macroscopically uniaxial
stress state 22, 12 and 23, respectively, to grow the
damage within an appropriate and small range with a
number of increments. At each increment, the
magnitude of damage  can be evaluated. The
damage driving forces I, II and III can be
calculated, given the stress and the damage state.
When the obtained data are plotted in an - curve,
it can be line fitted to give the corresponding  as
the slope of the fitted straight line, while the value of
 at the intersection of the fitted straight line with
the  axis should give the critical value of the
corresponding damage drive force.
Once one can determine these critical damage

driving forces c
I , c

II and c
III and damage

evolution related material constants I, II and III, a
practical damage evolution law will have been
constructed.

3.4 Incremental constitutive relationship
It can be noted that as the damage evolves under
varying stress, the damage and stress states will
gradually drift away from 0 . One will have to
keep updating the critical state. This process
favours an incremental algorithm naturally.
According to a well-established conclusion in
plasticity, the irreversibility as is the nature of
damage process also demands an incremental theory.
An incremental CDM model can be obtained as

 0        σ C C ε C ε (28)

I I II II III III             (29)
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(30)

One needs to monitor the value of . When it
returns a negative value, an unloading conditions is
signified and (29) should then be replaced by

0  . (31)
The above should effectively define a material
model which can be incorporated into structural
analysis of composites to predict the structural
behaviour involving damage distributed and
evolving within the material of the structure. The
actual implementation will be the subject of a future
study to be published in due course.

4 Conclusion
The present paper extends a recent study of the
representation of damage in the framework of CDM,
where damage related materials constants (DRMCs)
were determined through ideal experiments assisted
with numerical experiments, into the aspect of
damage evolution. The mode of damage has been
intentionally kept to one of the simplest forms, i.e. a
single array of microcracks orientated in a common
direction transverse to the fibres in a UD composite.
As in the damage representation, the rationality in
the formulation of the damage evolution law has
been the major concern, in particular, the boundary
of rationality. It is clear that empiricism is
inevitable in the construction of a damage evolution
law. An effort has been made in this paper to
identify the meeting point of rationality and
empiricism. The purpose of this is to guide
development of damage theories as well as the
necessary experimental programme to facilitate such
a theory. A possible approach along this direction
has also been suggested in this paper where an
incremental form of the constitutive relationship is
illustrated with damage evolution incorporated.
The application of such material model into
appropriate material models for practical structural
analysis with the damage process incorporated as a
part of the analysis will be pursued in future
publications.
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1 Introduction  

Currently great attention is being paid to composites 

made from biobased polymeric matrix reinforced 

with natural fibers to address the sustainability 

issues and satisfy the market expectation for green 

materials. Biocomposites are favored for their 

environmentally friendly attributes such as ease of 

removal after end use and reduced dependence on 

petroleum based raw materials. Natural fiber 

reinforced composite materials offers weight and 

cost savings to automotive industries while 

increasing the fuel efficiency of the automobile.  

 

Blends of two different bioplastics are being used as 

a matrix system for composite applications to take 

advantage of the combinatory properties of blended 

polymers. Poly (3-hydroxybutyrate-co-3-

hydroxyvalerate) (PHBV) from the family of 

polyhydroxyalkanoates is one of the widely studied 

biopolymer. PHBV is known to have mechanical 

properties similar to petroleum based traditional 

plastics such as polypropylene. The drawback of 

PHBV is its brittleness and high cost; therefore 

blending it with other suitable polymers could help 

in overcoming those disadvantages that are 

hindering its commercial applications. 

 

Poly (butylene adipate-co-terephthalate) (PBAT), an 

aliphatic aromatic co polyester is derived from 

petroleum but a biodegradable. PBAT is an ideal 

choice of blending partner for PHBV because of its 

high toughness. Properties of PHBV/PBAT blends at 

different weight ratios have been studied [1] and it is 

established as a matrix that possesses an optimal 

balance of stiffness and toughness. Therefore, 

commercially available PHBV-PBAT blend was 

used as a matrix polymer in this study.  

 

Natural fibers like jute, sisal, hemp, flax, and kenaf 

have been explored adequately as reinforcing agents 

for composite applications. Agricultural residues 

like corn stalk, wheat straw, oat hulls, soy stalk, 

other seed hulls, and perennial grasses such as 

miscanthus and switchgrass are emerging as 

promising alternatives due to their cost advantages 

and low density values compared to bast fibers and 

traditional glass fibers. Apart from cost and weight 

savings, using these perennial grasses and 

agricultural residues as a source of reinforcements 

could possibly extend the entire value chain of a 

crop and bring in substantial economic benefits to 

the farmers. One of the studies in this area looked at 

hybridizing the agricultural residues for composite 

application as a solution to supply chain issues that 

might arise if a composite containing one type of 

such fiber is commercialized for industrial 

applications [2].  Results of this study proved that 

the properties of hybrid agricultural residue based 

composite compared well with that of individual 

fiber types. Our recent study on comparing the 

reinforcing effects of different perennial grasses and 

agricultural residues [3] also added substantial 

knowledge to this aspect of natural fiber composites.   

 

Current work focused on exploring the properties of 

composites with switchgrass and soy stalk, chosen 

from perennial grass and agricultural residues 

category and added to PHBV-PBAT matrix at 30 

wt% fiber loading. Natural fibers are susceptible to 
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moisture uptake as they are hydrophilic while most 

of the polymers are hydrophobic. This naturally 

leads to a low level of interaction between these two 

phases in a composite system. Therefore, presence 

of a compatibilizing agent that can react with both 

fibers and the matrix becomes important to achieve a 

desired level of performance. For this purporse, 

polymeric diphenyl methane diisocyanate (pMDI) 

was added as a compatibilizer at a concentration of 

0.75 phr (parts per hundred by weight).  

 

2 Materials, Methods and Characterization 

2.1 Materials 

Enmat 5010 P, a commercially available PHBV-

PBAT blend was purchased from Tianan Biologic 

Materials Co. Ltd, China. This pre-blend contains 45 

% PHBV and 55% PBAT (Ecoflex®). The valerate 

content in PHBV is mentioned to be 3%. 

Switchgrass was provided by Nott Farms Ltd, 

Clinton, ON, Canada. Soy stalk was supplied by 

Elora Research Station, Elora, ON, Canada. 

2.2 Fabrication Method 

PHBV/PBAT matrix and biocomposites with 30 

wt% natural fibers were fabricated by extrusion and 

injection moulding technique. Micro twin screw 

extruder (co-rotating, 15 cc) and a 12 cc micro 

injection molding machine (DSM Research, 

Netherlands) were used for compounding and 

molding. All the composite formulations were 

processed at a processing temperature of 180 °C and 

screw rpm of 100.  The melt comin out of the 

extruder (extrudate) was collected and transferred to 

the micro injection molding machine with the help 

of a preheated collector having a piston cylinder 

assembly. The collector temperature was also set to 

180 °C and the molding was accomplished at a mold 

temperature of 45 °C for all the formulations. Test 

samples needed for assessment of mechanical and 

thermal properties were prepared and conditioned in 

ambient laboratory conditions as per ASTM D 618. 

2.3 Testing and Characterization 

Mechanical properties like tensile and flexural 

properties were measured in Instron (Model 3382) 

by adopting the corresponding ASTM standards (D 

638 and D 790). Notched Izod impact strength of the 

matrix and composites were tested using the impact 

tester, TMI 43-02 according to the ASTM S 256. 

Heat deflection temperature (HDT) was measured in 

Dynamic mechanical analyzer (TA Instruments) and 

the values are reported at a deflection of 250 m.  

 

Qualitest melt flow indexer 2000A was used to 

measure the melt flow index (MFI) of the neat 

polymer matrix and fabricated biocomposite samples 

as per ASTM standard D 1238-10 (procedure A 

190/2.16). Prior to testing, it was mandatory to dry 

the samples for 6 hours at 80 ◦C to avoid the 

degradation due to the presence of moisture. Testing 

conditions for bioplastic blends and biocomposites 

are not established and these materials degrade at a 

temperature higher than 200 C therefore the test 

was accomplished at 190 ◦C under a load of 2.16 kg. 

Fracture surface morphology of the composites was 

observed under scanning electronmicroscope (SEM) 

developed by FEI, Netherlands (Inspect S 50).  

 

3 Results and Discussion 

3.1 Density 

Density of switchgrass and soy stalk was back 

calculated from the density of neat polymer and 

composites using the following equation. 

 

  
   

  

  
   

    

  
  

Where, Wf is the weight fraction of fiber,  c,  f and 

 p are the densities of composite, fiber and polymer 

respectively. 

Density of switchgrass was calculated to be 1.323 

g/cc while that of soy stalk was 1.392 g/cc. It is 

important to mention that as the composites were 

fabricated based on weight percentages, this 

difference in density values contribute to the 

difference in actual volume occupied by switchgrass 

and soy stalk in the matrix and hence difference in 

their mechanical performance. This will be 

explained further in discussion on mechanical 

properties of the composites. 

3.2 Tensile and Flexural Properties 

Matrix and fabricated composite formulations were 

tested for tensile and flexural properties to evaluate 

their mechanical performance. From Fig. 1 it can be 

noticed that the tensile strength of soy stalk and 
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switchgrass based composites was almost same as 

that of the matrix, considering the standard 

deviation. Such same value of strength maintained 

even after the addition of these agricultural fibers 

indicates an acceptable level of interaction that is 

present between the matrix phase and the fiber.  

 

The average aspect ratio (l/t) of switchgrass and soy 

stalk used in this work reduced from approximately 

18 to 11 as the fibers were subjected to high shear 

forces during extrusion in the processing equipment. 

Reduction in aspect ratio could have affected the 

reinforcing efficiency of the fiber and thereby failed 

to increase the strength. Systematic investigation on 

increasing the loading levels of switchgrass have 

been conducted previously and reported elsewhere 

[4]. Tensile strength and other properties were 

beginning to decline at a loading level of 30 wt% 

according to that study as aggregation of the fibers 

occurred at higher loading levels. 

 

Addition of fibers showed a definitive effect on the 

Young’s modulus of these green composites. 

Generally, incorporation of lignocellulosic fibers 

into the polymer matrix material is expected to 

increase the modulus due to the relatively high 

stiffness of the fibers and the restricted mobility of 

the polymer chains. Composite with switchgrass 

showed lower modulus compared to the composites 

containing soy stalk. This could be attributed to the 

difference in composition of the individual fibers.  

 

Flexural strength and modulus of composites are 

shown in Fig. 2. Similar to tensile properties, higher 

level of increase in flexural strength and modulus 

was notice with soy stalk composites, again due to 

difference in fiber composition.     

 

Early studies on natural fiber composites have 

established the fact that drastic improvements in the 

performance of the composites can be achieved by 

enhancing the level of adhesion that exists between 

the two phases; fiber and matrix. Therefore, effect of 

introducing a compatibilizer to promote higher level 

of interactions between the PHBV/PBAT matrix and 

the lignocellulosic fibers were evaluated. Many 

studies have reported that the performance of the 

composite system was improved with the addition of 

pMDI which acted as a compatibilizer [5-7]. In our 

work, it was hypothesized that pMDI facilitated 

compatibility as its reactive end groups (-NCO) 

chemically bonded with the OH groups present in 

the matrix and the added lignocellulosic fibers. 

 

As hypothesized, the tensile properties of 

composites compatibilized with pMDI showed good 

level of improvement.  The compatibilizer added to 

the composite certainly increased the interfacial 

adhesion that originally existed between the fiber 

and PHBV/PBAT which in turn improved the tensile 

strength of compatibilized switchgrass composites 

by 40% and soy stalk composites by 20%. The 

mechanism of compatibilization of switchgrass and 

PHBV/PBAT matrix was proposed in a previous 

study and was supported by Fourier transform 

infrared spectroscopy [4]. Critical concentration of 

pMDI was thought to exist for effective 

compatibilization and for switchgrass composites, 

this was 0.75 phr. In this study, it is obvious that the 

pMDI had certainly helped in improving the 

properties of the composites with soy stalk but the 

level of increase achieved is considerably lesser 

compared to the drastic improvements noticed in 

switchgrass composites. This signifies that the 

critical concentration of pMDI in soy stalk 

composites might be higher than 0.75 phr and that it 

needs further investigation.     

 

Oever et al [8] studied the effect of incorporation of 

30 % switchgrass (pulped and untreated) as a 

reinforcing agent into polypropylene (PP) matrix 

with and without maleic anhydride grafted PP 

(MAPP) as a compatibilizer. PP matrix had a 

flexural strength of 421.5 MPa and the 

incorporation of either pulped or untreated 

switchgrass fibres into the PP matrix had only 

slightly contributed to the strength. However, they 

found that the use of MAPP as a compatibilizer 

increased the strength by 20 and 50% for untreated 

and pulped fibers respectively. Ahankari et al [9] 

investigated the reinforcing effect of agricultural 

residues such as soy stalk, corn stalk and wheat 

straw on PHBV matrix and compared with PP 

matrix. In case of PP/soy stalk composites, they 

achieved a tensile and flexural strength of 30 MPa 

and 50 MPa respectively. Comparing these literature 

values to the results achieved in our work, we can 

say that with the help of pMDI we were successfully 

able to obtain the same level of properties with 

PHBV/PBAT matrix. 
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The stress-strain curves obtained for the matrix and 

composites with and without compatibilizer are 

provided in Fig. 3. Stress-strain curve of neat 

PHBV/PBAT shown in the inset is different from 

the uncompatibilized and compatibilized 

composites. This reveals that the addition of 

lignocellulosic fiber reduces the % elongation at 

break. Neat PHBV/PBAT is a ductile polymer with 

elongation value of about 130%. With the 

incorporation of 30 wt% fiber, % elongation at break 

for composites significantly reduced to ca. 4%, 

immaterial of the fiber type. Strain at break for 

composite materials decreased with fiber 

incorporation and improved for composites 

compatibilized with pMDI.   

 

The area under the curve signifies the amount of 

energy a material can absorb before fracture and is 

referred to as toughness of the material. It is 

apparent that compatibilization has increased the 

toughness of the composites and the effect is higher 

in case of soy stalk. This indicates that the pMDI 

could have plasticized the PBAT part of the matrix, 

rather than compatibilizing the fiber and the matrix 

in soy stalk composites. In addition to this, modulus 

improvement in case of soy stalk was mainly due to 

the incorporation of fibers. Addition of pMDI did 

not have any significant effect in increasing the 

modulus which also supports the claim that pMDI 

could possibly plasticize the composites. Similar 

behavior in PLA natural fiber composites containing 

pMDI as compatibilizer has been reported by other 

researchers [5]. However, in the case of 

compatibilized switchgrass composites, addition of 

fiber and the compatibilizer both had a pronounced 

effect on increasing the modulus. 

 

This difference in behavior noticed between 

switchgrass and soy stalk composites can be due to 

the difference in the density values of these fiber 

types. As switchgrass fibers were found to have 

lesser density compared to soy stalk, the composites 

will naturally have more fibers in case of 

switchgrass for the same level (30 wt%) of loading. 

When pMDI was added as a compatibilizer, the 

possibility of pMDI in plasticizing the matrix is 

higher in case of soy stalk composites due to 

relatively less volume occupied by the fiber. 

 

3.3 Impact Strength 

The impact strength of uncompatibilized and 

compatibilized composites is presented in Fig. 4. 

Impact strength denotes the ability of a material to 

withstand or resist damage when subjected to high 

rate stress applied suddenly at high speed. Load 

transfer efficiency, fiber-matrix bonding strength, 

volume fraction and distribution of the 

reinforcements in the matrix, resistance to crack 

propagation, are few of the major factors that cast 

their influence on the impact strength of composites.  

 

Impact strength of green composites had 

significantly increased with the addition of com-

patibilizer. This could be directly correlated to the 

observed increase in area under the stress strain 

graph shown in Fig. 3. Interfacial adhesion between 

PHBV/PBAT and fibers such as switchgrass and soy 

stalk was believed to be improved due to competing 

reactions such as formation of secondary bonds and 

urethane linkages, and plasticization occurring in 

composites containing pMDI [10]. Impact strength 

was found to increase by 95% and 77% in case of 

compatibilized switchgrass and soy stalk composites 

compared to their uncompatibilized counterparts. 

Similar trend in impact properties of PBS and lignin 

composites were reported by Sahoo et al [10].  

 

3.4 Heat Deflection Temperature (HDT) 

Maximum temperature a polymer can withstand 

before deforming is referred as heat deflection 

temperature (HDT). In other words, it can be 

referred as a maximum service temperature of a 

polymeric material and it is an important parameter 

to be considered in composite material selection for 

any particular application. It can be noticed from 

Fig. 5 that HDT of composites increased 

considerably with incorporation of switchgrass and 

soy stalk, and compatibilization helped in further 

improvement. 

 

The modulus enhancement due to the addition of 

stiff lignocellulosic fibers played a substantial role in 

increasing the HDT of the composite and the values 

obtained here corresponds well with the flexural 

modulus data. Switchgrass based composites 

compatibilized with pMDI exhibited the highest 
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HDT of about 123 °C while that of soy stalk 

composites was 118 °C.   

 

3.5 Melt Flow Index (MFI) 

MFI denotes the “output rate/flow of a material in 

gram per 10 min through a die of standard diameter 

(2.0955 ± 0.0051 mm) and length (8.000 ± 0.025 

mm) under prescribed conditions of load and 

temperature (ASTM D1238-10).” [3]. MFI generally 

gives an indication of ease of processing of a 

material and based on the range of MFI value of a 

material, suitable processing method can be adopted. 

For industrial scale injection molding, the MFI is 

mostly expected to be higher than 4 gm/ 10 min.  

 

MFI values obtained for the PHBV/PBAT matrix 

and composites with different fiber types are 

presented in Fig. 6. With the incorporation of 30 

wt% fiber, flow of the polymer matrix is hindered 

therefore viscosity of the composite material is 

subjected to increase which is reflected as the 

reduction in MFI [11].  There was a difference in 

MFI values observed for composites with 

switchgrass and soy stalk. This strongly indicates 

that fiber surface characteristics and type of fiber 

play a critical role in regulating the restriction 

offered to the polymer chain mobility [12]. 

 

In addition to the above mentioned effects, 

compatibilization reactions leading to secondary 

bonds and urethane linkage formations are known to 

affect the molecular weight thereby reducing the 

MFI to a further low value. In such situations, 

processability of these compatibilized composites 

can be improved by the addition of flow additives. 

 

3.5 Morphology of Fractured Surface 

Morphology of composites (uncompatibilized and 

compatibilized) that were impact fractured were 

observed under SEM and the micrographs are shown 

in Fig. 7 and 8.   

 

In case of uncompatibilized composites containing 

switchgrass and soy stalk, voids and fiber pullouts 

were visible, at some places fiber clustering were 

also noticed (not shown in the figure). These 

observations indicated poor adherence of the fiber to 

PHBV/PBAT blend. In the compatibilized 

composites, the fibers were noticed to be well 

embedded in the matrix and fiber fracture, a less 

energy dissipating fracture mechanism was most 

prevalent. In addition, the increased interfacial 

adhesion with the addition of pMDI had offered to 

hinder the crack propagation. These observations 

further support the results obtained for mechanical 

properties of these composites. 

 

Conclusion 

Results obtained from this study indicate that the 

compatibilized composite materials could be a 

promising option for variety of applications. 

Renewably sourced fibers, their high modulus, low 

density could favor the production of light weight 

and less expensive composite materials with 

acceptable performance. Tensile and impact strength 

achieved for these composites are comparable to that 

of polypropylene based natural fiber composites. 

Heat deflection temperature of around 120 C in 

compatibilized composites makes it ideal for 

applications that require service temperature of 

about 30- 120 C. The slight difference noticed 

among the performance of the switchgrass and soy 

stalk based composites could possibly be due to their 

differences in density values and individual 

chemical composition. Investigation on composites 

containing same volume fraction of these fibers 

might provide further insight on possibilities of 

hybridization of these fibers for composite 

applications.  
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Fig. 1. Tensile strength and modulus of neat 

polymer, uncompatibilized and compatibilzed 

composites 

 

 

 

Fig. 2. Flexural strength and modulus of neat 

polymer, uncompatibilized and compatibilized 

composites 

 

 

 

Fig. 3. Stress-strain graph of uncompatbilized and 

compatibilized composites 

 

 

Fig. 4. Impact strength of uncompatbilized and 

compatibilized composites 
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Fig. 5. HDT of matrix, uncompatbilized and 

compatibilized composites 

 

 

 

 
 

Fig. 6. MFI of matrix, uncompatbilized and 

compatibilized composites 

 

 

 

 
 

Fig.7. SEM images of (a) uncompatibilized and (b) 

compatibilized switchgrass composites 

 

 

 

 

 

 

 

 

 

 

ICCM19 368



 

9  

BIOMASSS BASED GREEN COMPOSITES: FABRICATION AND PERFORMANCE EVALUATION  

 

 

Fig. 8. SEM images of (a) uncompatibilized and (b) 

compatibilized soy stalk composites 
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Abstract 

The effects of stowage on the deployment of 
composite bistable tape springs are studied. A 
viscoelastic analytical model is used to predict the 
relaxation and stability of the structure in its coiled 
state. The time-dependent stability analysis reveals 
that the structure remains bistable throughout the 
relaxation process. A dynamic model is then applied 
to predict the deployment of the structure once it is 
released. Experimental deployment results match the 
deployment predictions within 3% for the case 
where no stowage is applied. It is shown that 
stowage causes an increase in the deployment time; 
in this case, experimental deployment times 
overshoot those predicted by the model. Secondary 
effects are observed at high stowage temperatures, 
which are not predicted by the analytical model. 
These effects include an abrupt change in the 
deployment dynamics and a large increase in the 
deployment time (deployment latency). At higher 
temperatures still, i.e. for stowage at 100°C, the 
structure fails to deploy and becomes stable at all 
extended lengths. 

 

1 Introduction  

A novel investigation into the deployment 
kinematics of fiber-reinforced bistable tape springs 
is conducted taking into account the effects of 
viscoelasticity. These structures are based on the 
concept of the Storable Tubular Extendable Member 
(STEM). STEMs have gained popularity in space 
applications and were used, for example, to deploy 
the solar arrays of the Hubble telescope [1]. Tape 
springs, in constrast with STEMs, are designed to be 
bistable; this concept, commercialized by RolaTube 
in 1997 [2], has been since then used in various civil 
and military applications. 

 
In this research, the tape springs are manufactured 
using an ultra-thin carbon fiber composite material 
and an asymmetric layup. The resulting structure is 
stable in its coiled state and can be stowed in a small 
volume. When deployed, the structure rapidly 
extends into an open-section boom (Fig. 1). 
Viscoelastic effects have been reported in similar 
structures [1, 3], but not yet studied in depth for 
bistable tape springs; this is the main aim of this 
paper.  
 
First, we study how the relaxation of the material 
affects the stability of the coiled structure. Secondly,  
a simple dynamic model is applied to predict the 
change of deployment speed with the different 
stowage conditions (duration and temperature) and 
to use experimental tests to validate the model 
predictions. 
 
The results from this investigation are thought to be 
useful in quantifying the effects of viscoelasticity in 
long-term stowage and deployment of tape springs 
and providing insight into the design of these 
structures. 
 

2 Geometry and material definitions 

2.1 Geometry 

This work considers the following stowage and 
deployment process. The structure—initially 
manufactured in its extended shape—is coiled fully 
and stowed at a given temperature. At the start of the 
deployment, one end of the coil is snapped out and 
restrained. The other end of the structure is then 
allowed to deploy. The position of the center of the 
coil is then measured with time. 
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The structure in its coiled state is associated with a 
radius r, while the uncoiled state has a radius R. The 
uncoiled structure subtends an angle 𝛽, and has a 
total length L (Fig. 2). We assume throughout that 
the structure exists either in its coiled or uncoiled 
state (the transition zone ‘T’ is neglected). 
 

2.2 Material properties 

The material used is ThinPly T800H, an ultra-thin 
unidirectional carbon fiber prepreg with ply 
thickness 31 µm. The material elastic properties at 
room temperature have been determined 
experimentally and are given in Table 1.  
 
In this research we use the anti-symmetric layup 
[45/−45/0/45/−45]. The 0° direction is oriented 
along the length of the tape spring. An anti-
symmetric layup is used to reduce the bend-twist 
effects otherwise present in a symmetric layup 
because of a full D bending stiffness matrix. 
 
The analytical model consists of three parts, which 
are described in more detail in the following 
sections: 

1. Stowage model: Transforms the material 
relaxation data obtained at ply level to the 
overall laminate relaxation using Classical 
Laminate Analysis. 

2. Stability model: Uses a stability criterion to 
determine whether the structure is bistable and 
how the degree of stability evolves with 
relaxation. 

3. Deployment model: Uses the material state at the 
end of the relaxation step to predict the dynamic 
deployment of the tape spring. 

 

3 Stowage model 

3.1 Ply level relaxation 

Relaxation tests on 90 !  specimens have been 
performed to determine the viscoelastic behavior in 
transverse tension 𝐸!! 𝑡 . It is assumed that since 
the carbon fibers are not viscoelastic, no relaxation 
occurs in the longitudinal direction, so 𝐸!!(𝑡) = 𝐸!.  
 

An Instron machine equipped with a thermal 
chamber was used for the tests. The specimen and 
the Instron grips were first allowed to warm to the 
set temperature for around 2 hrs; this was to allow 
the entire rig to achieve thermal equilibrium prior to 
the relaxation test. The rig was then adjusted to 
remove any slack induced by temperature effects, 
and the specimen was allowed to rest for another 30 
min.  Transient thermal expansion of the rig was 
found to have a large influence on the relaxation 
results, as thermal expansion strains were of the 
same order as the mechanical strains. Hence, 
achieving thermal equilibrium prior to the test was 
crucially important for accurate results. 
 
The relaxation test consisted of applying a quasi-
instantaneous strain of 0.1% to the specimen and 
holding this value for 3 hrs. The load and strain were 
recorded through a 3D Digital Image Correlation 
(DIC) system (Fig. 3). It was found that the 
calculation of the instantaneous modulus 𝐸!!,! from 
the relaxation test was inaccurate because of the 
small strains involved. Hence, a tensile test was 
subsequently used to determine 𝐸!!,!  at each 
temperature to complete the characterization of the 
material. 
 
A Prony series is assumed to represent the relaxation 
behavior of the material, where 𝑒!! are the tensile 
relaxation coefficients associated with the transverse 
modulus 𝐸!!(𝑡), 𝜏! are the retardation times, and 𝑁 
are the number of terms. 
 

𝐸 𝑡
𝐸!

= 1 − 𝑒!! 1 − 𝑒!/!!
!

!

. (1) 

 
A similar expression can be defined for the shear 
modulus, where 𝑔!!  are the shear relaxation 
coefficients associated with the shear modulus 
𝐺!"(𝑡). It is assumed that the Poisson’s ratio is time-
independent, hence it is possible to set 𝑒!" = 𝑔!" 
without loss of validity.  
 
A four-term Prony series is fitted to the experimental 
data curves fitting using a MATLAB nonlinear 
optimization algorithm. An example of the fitting of 
the relaxation curve for stowage at 60°C is given in 
Fig. 4; the Prony series is given in Table 2.  
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3.2 Laminate-level relaxation 

A Classical Laminate Analysis (CLA) method is 
used to transform the lamina stiffnesses 𝐸!!(𝑡) and 
𝐺!"(𝑡) to laminate stiffnesses 𝑄!"∗ (𝑡), and finally to 
the laminate bending stiffnesses 𝐷!"(𝑡).  
 
The evolution of the laminate bending stiffness 
components with relaxation time is shown in Fig. 5. 
𝐷!! , 𝐷!! , and 𝐷!!  decrease with time, whilst 𝐷!" 
increases. The 𝐷!"  and 𝐷!"  components are not 
shown in the figure.  
 
The increase in the 𝐷!"  term may seem counter-
intuitive, but an analysis using lamination 
parameters shows that 𝐷!" increases if and only if 
 

𝐸!!
𝐺!"

<
4 1 − 𝜈!"𝜈!"
1 + 2𝜈!"

 

 
This expression is satisfied in this case, as 
𝐸!!/𝐺!" = 0.86 and the right hand side is equal to 
2.06. 
 
A complete proof is given in Brinkmeyer [4]. 
 

3.3 Time temperature superposition 

The time-temperature superposition (TTS) principle 
for linear viscoelastic materials is used to generalize 
the analytical model to other temperatures and 
stowage times [5]. The TTS principle states that 
increasing the temperature of test of the material is 
equivalent to a shift 𝑎! in the relaxation time.  
 
The time shift is given by the following relationship 
 

log 𝑎! = −
𝐶! 𝑇 − 𝑇!
𝐶! + 𝑇 − 𝑇!

 (2) 

 
Using experimental characterization at 40°C, 60°C, 
80°C, and 100°C, the constants in Equ. 2 have been 
determined to be 𝐶!   =   −1.35 and 𝐶!   =   42.9, for a 
reference temperature of 𝑇! = 60∘C.  
 
With this model, the relaxation of the material can 
be generalized to any temperature 𝑇 by substituting 
the time 𝑡 in Equ. 1 by the reduced time 𝑡′. At a 
given temperature 𝑇, the reduced time 𝑡′ is given by 

𝑡! =
𝑡

𝑎! 𝑇
   (3) 

 

4 Stability 

4.1 Stability criterion 

A criterion of bistability for curved tubes, developed 
by Guest and Pellegrino [6], is used to determine the 
stability of the coiled structure. This criterion S is 
given by 
 

𝑆 = 4𝐷!!∗ + 2𝐷!"∗ − 2
𝐷!!∗

𝐷!"∗
, (4) 

 
where 𝐃∗  is the non-dimensional reduced bending 
stiffness, given by 𝐃∗ = 𝐃∗/𝐷!!∗  and 𝐃∗ = 𝐃 −
𝐁𝐀!𝟏𝐁. 
   
Guest showed that if 𝑆 > 0 then the tube is bistable, 
and if 𝑆 ≤ 0 the structure is monostable. It was also 
found that isotropic structures do not yield bistable 
structures, unless they are pre-stressed (the familiar 
carpenter’s tape, for instance, is an example of a pre-
stressed bistable tape spring). In fact, it can be 
shown that for isotropic layups, 𝑆 ≤   −2 for all 𝜈, 
hence demonstrating that preformed isotropic 
structures are not suited for this application.  Using a 
composite layup, on the other hand, seems 
appropriate, as the stiffness can be tailored 
according to the application and 𝑆 can be chosen to 
be positive.  
 
We now extend the stability criterion to general 
viscoelastic composite structures, by introducing a 
variation of the non-dimensional constants with 
time; hence, the stability criterion becomes 
 

𝑆(𝑡) = 4𝐷!!∗ (𝑡) + 2𝐷!"∗ (𝑡) − 2
𝐷!!∗ (𝑡)
𝐷!"∗ (𝑡)

 (5) 

 
The [45/−45/0/45/−45] layup was chosen as it 
yielded a suitably bistable structure, with an initially 
positive stability value of 𝑆(0) = 0.95 . We now 
investigate how the stability of the structure changes 
with relaxation.  
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4.2 Stability results 

We first study the change with time of the three non-
dimensional parameters composing 𝑆, i.e. 𝐷!"∗ , 𝐷!!∗ , 
𝐷!!∗ . These are plotted in Fig. 6 for stowage of the 
structure at 60°C for 3 hrs. The plot shows that, 
contrary to the stiffnesses in Fig. 5, both 𝐷!"∗  and 
𝐷!!∗  increase with relaxation time, while 𝐷!!∗  remains 
approximately constant. It is noted that this graph is 
representative of a general stowage case. 
 
Returning to the definition of the stability criterion 
(Equ. 5), it becomes clear that the 𝐷!"∗  and 𝐷!!∗  terms 
increase and the 𝐷!!∗ /  𝐷!"∗  term decreases. Hence, 𝑆 
increases with time. The plot of the stability criterion 
with relaxation time confirms the rise of the stability 
criterion with time (Fig. 7), with 𝑆 increasing from 
𝑆 = 1.2  for 𝑡 = 1  𝑠  to 𝑆 = 2.05  for 𝑡 = 3  hrs. In 
other words, if the structure is initially bistable, the 
structure remains bistable at all times during 
relaxation. In other words, the tape spring will not 
self-deploy once it is stored in its coiled state. 
 

5. Deployment model 

In the deployment experiment the spring is initially 
coiled and allowed to relax. Then, the tip of the coil 
is fixed at one end and the spring is allowed to 
extend at the other (Fig. 2). Here, we use an 
analytical deployment model, based on work by 
Rimrott [7] and Iqbal [1], to predict the deployment 
of the spring. The model, originally derived for 
isotropic STEMs, has here been generalized to 
orthotropic viscoelastic laminates. This model 
assumes that the structure immediately transitions 
from a coiled shape to an extended shape. In reality, 
however, the transition occurs smoothly within a 
transition zone (indicated by ‘T’ in Fig. 2). 
 
The bending strain energy in a composite shell, 
deformed such that the curvature changes are 𝜅! and 
𝜅! is shown to be [1] 
 

𝑈! =
1
2
𝜅! 𝜅! 𝜅!"     𝑫  

𝜅!
𝜅!
𝜅!"

𝐴 (6) 

 
where 𝐴 is the cross sectional area per unit thickness 
given by 𝐴 = 𝛽𝑅𝑥. 
 

Here we assume that 𝜅!" = 0 and 𝐷!" = 𝐷!" = 0 so 
Equ. 6 reduces to 
 

𝑈! =
1
2
𝐷!!𝜅!! + 2𝐷!"𝜅!𝜅! + 𝐷!!𝜅!! 𝐴 (7) 

 
Setting 𝜅! = 1/𝑟  and 𝜅! = −1/𝑅  then the strain 
energy becomes 
 

𝑈! =
𝐷!!𝛽𝑥
2𝑅

1 +
𝑅
𝑟

! 𝐷!!
𝐷!!

  −
2𝑅
𝑟
𝐷!"
𝐷!!

      (8) 

 
The ejection force driving the tube forward is given 
by the rate of change of the strain energy with 
respect to the extension [6], hence 
 

𝐹! =
𝜕𝑈!
𝜕𝑥

 (9) 

 
We apply a correction for non-symmetric laminates 
by using the reduced bending stiffness 𝐃∗. Using the 
non-dimensional notation 𝐃∗ = 𝐃∗/𝐷!!∗  and letting 
the bending stiffness constants vary with time, the 
ejection force is finally given by 
 

𝐹! 𝑡 =
𝐷!!∗ 𝑡 𝛽
2𝑅

1 +
𝑅
𝑟

!

𝐷!!∗ 𝑡 −
2𝑅
𝑟
𝐷!"∗ 𝑡    . (10) 

 
The ejection force only exists when the tape spring 
is being deployed; however, we can simulate the 
evolution of the stored strain energy with time and 
predict how the ejection force would decrease with 
stowage time. This is shown in Fig. 8 for stowage at 
60°C for 3 hrs. 
 
For deployment in air, a simple aerodynamic drag 
model is implemented to adjust the net ejection 
force. The drag of the structure is given by 

𝐹!"#$ 𝑡 = 0.5𝜌𝑉! 𝑡 𝐶!𝐴. (11) 

The frontal area A is based on the coiled shape of the 
spring and is given by 𝐴 = 2𝛽𝑅𝑟 . The drag 
coefficient 𝐶!  is based on the average Reynolds 
number 𝑅𝑒. For this application it can be shown that 
𝑅𝑒 ≈ 1000, so 𝐶! ≈ 1.17.  
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We assume that the ejection force does not change 
during deployment, as the deployment occurs over a 
much shorter time scale than relaxation; hence we 
take the ejection force at the end of relaxation as the 
input for the deployment model, 𝐹! = 𝐹!(𝑡 = 𝑡!"#), 
where 𝑡!"# is the total relaxation time. 
 
As the drag acts in opposite sense to the deployment 
direction, the net ejection force is therefore given by 

𝐹 𝑡 = 𝐹! − 𝐹!"#$ 𝑡 . (12) 

Finally, using an energy method initially developed 
by Rimrott [7], it can be shown that the ejection 
velocity is given by 
 

𝑣 𝑡 =
𝐹 𝑡 1 − 𝜇 𝑥
𝑚 𝐿 − 𝑥

 (13) 

 
where 𝜇 is a friction coefficient, 𝐿 is the total length 
of the tube, and 𝑚 the mass per unit length. The 
empirical value 𝜇 ≈ 0.6 was found to be appropriate 
[6]. A simple iterative method is then used to 
integrate the velocity to obtain the position of the 
tape spring with time. 
 
Plotting the deployment curve with and without the 
aero correction shows that drag has little effect on 
the dynamic behavior (Fig. 9). A slight deviation 
from the two curves is visible near the end of 
deployment (where the velocity is highest), with an 
increase of around 2% in deployment time.  It is 
expected, however, that for much longer (> 10  m) 
and larger structures, aerodynamic effects will play a 
larger role.  
 

6 Deployment experiments 

6.1 Manufacture 

The originally flat laminate is first molded onto a 
male cylindrical mandrel. Shrink tubing is then used 
to secure the laminate onto the mold. Breather fabric 
and a vacuum bag are then fitted around the mandrel 
and sealed. The assembly is then cured at 120°C for 
3 hrs using an aerospace-grade autoclave.  
 
Surface wrinkles on the cured tape spring are a 
major source of experimental error as the wrinkles 

considerably increase the local laminate thickness, 
hence bending stiffness. The use of a shrink tube 
serves to considerably reduce the risk of surface 
wrinkles, which otherwise form as the exterior bag 
crumples under the applied vacuum. 
 
The manual layup of the prepreg is complicated by 
the material is very thin and difficult to handle. We 
suggest that future work should use an appropriate 
automated tape laying apparatus, as indicated by the 
manufacturer, to improve the quality of the finished 
product and to increase the ease of manufacture. 
 
Although an anti-symmetric layup has been chosen 
to reduce bend-twist effects, the resulting structure 
still presents a significant amount of twist (around 
140°/m after demolding). This is clearly apparent in 
Fig. 10. This is due to significant residual thermal 
strains appearing in the laminate on cool-down as a 
result of layup antisymmetry. The overall small 
thickness of the laminate accentuates this effect, 
which may be why this result has not been reported 
in previous research [1]. In future work, a symmetric 
layup should be considered as an alternative to 
reduce the net twist in the finished structure.   
 

6.2 Deployment set-up 

In the experiments, the specimen was coiled then 
stored in the Instron thermal chamber for 3 hrs at the 
set temperature. A thermocouple is used to ensure 
that the structure has reached the correct temperature. 
Two stowage cases are investigated, 60°C and 
100°C.  
 
At the end of the stowage period, the structure is 
removed from the chamber and deployed at room 
temperature on a flat, horizontal surface. (This is 
because it is impractical to perform the deployment 
within the thermal chamber.) A camcorder is used to 
record the deployment of the tape spring at a frame 
rate of 29 fps. A video editor is then used to 
determine the position of the center of the coil for 
each time frame. 
 
Prior work has shown that there is no significant 
difference in deploying the structure at room 
temperature rather than at the temperature at which 
it has been stowed [3]. This is mainly because the 
deployment occurs over a much shorter time scale 
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than the relaxation. Hence, it is possible to neglect 
viscoelastic effects during the deployment and 
assume that deploying the structure at room 
temperature has little effect on the deployment 
behavior. 
 

6.3 Comparison with the analytical model, 
without stowage 

The deployment photographs (Fig. 11) show a rapid 
and generally smooth unrolling of the structure. 
However, near the end of the deployment, the 
assumption of uniform uncoiling breaks down.  In 
this region, the tape spring starts to unravel laterally 
(Fig. 11c), followed by a dynamic latching of the tip. 
Therefore, it is convenient to neglect the final 
uncoiling of the structure and compare the time it 
takes to achieve 90% deployment.  
 
Fig. 12 compares the analytical and experimental 
deployment curves for the case without stowage. 
The curves confirm that the overall deployment is 
smooth and uniform, and that the rate of deployment 
increases with time. Visibly, experimental and 
analytical results match closely, with a slight 
overestimation of the deployment time by the 
analytical model. Here, the analytical model predicts 
a 90% deployment time of 0.41 s, compared with 
0.40 s in the experiment, i.e. a 2.5% difference. 
 

6.4 Comparison with analytical model, with 
stowage at 60°C 

We now consider the case where the tape spring is 
stowed at 60°C for 3 hrs prior to deployment. Fig. 
13 compares the deployment curves for both cases 
with and without stowage. Where stowage is applied, 
the curves exhibit a clear decrease in the deployment 
rate and hence an increase in the deployment time.  
The analytical model supports this observation. It 
has previously been shown that stowage causes a 
decrease in the ejection force. Returning to Equ. 13, 
a decrease in the ejection force would cause the 
deployment velocity to drop, which is the effect 
observed here. 
 
The analytical results for the stowed configuration 
do not match the experimental results as well. Here, 
the analytical model visibly underestimates the 
deployment time, with the analytical model 

predicting a 90% deployment in 0.52 s, while the 
experiment shows a deployment in 0.57 s (i.e. an 
underestimation of 9%).  
 
Overall, it is seen that the error between the 
experimental and predicted curves increases with 
stowage, i.e. viscoelastic relaxation. This suggests 
that the actual ejection force is in fact lower than 
predicted; this could be due to errors in material 
characterization or could also suggest that a 
refinement of the dynamic model is needed. In the 
current model we assume a single coefficient of 
friction 𝜇, similar to Coulomb friction, to represent 
the loss of ejection force. (Friction can indeed occur 
during the deployment process, e.g. as a result of 
coils sliding across each other.) Nevertheless, further 
experimental work would be needed to better 
understand the role of frictional forces—or other 
dissipative mechanisms—in the deployment of the 
tape spring. 
 

6.5 Deployment latency 

The previous results have shown that the stowage of 
the tape spring leads to an increase in the 
deployment time. In most of the cases observed until 
now, the deployment remains continuous and 
consists of a rapid dynamic deployment of the spring 
once the constraint has been released. This is what 
we name Type I deployment. 
 
It has been observed in certain cases, however, that 
the deployment of the tape spring is not continuous 
and consists of two distinct behaviors. The first is a 
latent region where no or little movement is 
observed, even though the tape spring is no longer 
restrained. The second is the normal dynamic 
deployment observed previously. We call this Type 
II deployment.  
 
Fig. 14 shows the deployment curve for a tape 
spring stowed at 60°C for 3 hrs for this type of 
deployment. The latent region lasts in this case for 
around 0.45 s, before the spring deploys dynamically 
in 0.55 s. Total deployment lasts around 1.0 s, which 
is nearly twice as higher as the dynamic deployment 
shown in Fig. 14.  We note that the dynamic 
deployment is the same in both Type I and II 
deployments. Also, the latent region is subject to 
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typically large variations, making it difficult to 
predict the total deployment time. 
 
The fact that this latent behavior appears only in 
tubes that have been stowed at high temperature 
suggests that this is an effect linked to viscoelastic 
relaxation effects. Second, it seems that the 
analytical model is inadequate to capture these 
latency effects. These secondary effects may arise 
from local effects in the transition zone, which are 
not predicted by the model. A numerical model 
would be needed to understand these effects better. 
 
It is important to recall at this point previous 
research on the phenomenon of pseudo-bistability—
a self-actuation phenomenon due to viscoelastic 
relaxation effects [8]. It was previously noted that 
pseudo-bistability is a result of a structure 
transitioning between a monostable and a bistable 
system under viscoelastic relaxation. It was also 
shown that the deployment of a pseudo-bistable 
structure was characterized by two different time 
scales—a slow recovery, followed by a sudden 
dynamic recovery. It can be suggested that the latent 
behavior of the tape springs can be described as a 
local pseudo-bistable effect, which causes the 
appearance of this latent deployment region. 
 

6.6 Deployment failure 

The stowage of the tape spring at 100°C for 3 hrs 
represents a peculiar case. For this stowage 
configuration, the tape spring fails to deploy 
altogether. Fig. 15 shows an overlay of photographs 
of the deployment of the spring after stowage at 
100°C for 3 hrs. The spring is found to be stable at 
any extended position, including the fully deployed 
case. This goes to show that the net ejection force of 
the structure has dropped to zero, and that the 
structure does not have sufficient stored strain 
energy for an autonomous deployment. In other 
words, the structure has transitioned from being 
bistable to neutrally stable. 
 
The fact that the structure seems to have gained 
additional states of stability is coherent with the 
result from Section 4—i.e. that the stability criterion 
of the structure increases with time. Nevertheless, 
the analytical analysis that led to this result is not 

sufficient to explain what appears to be a local 
stability effect. 
 
This could be potentially catastrophic if the sole 
function of the tape spring were to be autonomous 
deployment. 
 

6.7 Aging & hysteresis 

Due to experimental constraints, only two tape 
spring prototypes were used in the deployment test, 
with one being preferred over the other because of 
superior surface finish (no wrinkles). Each 
deployment test was performed several times on the 
same specimen on different days to determine the 
repeatability of the tests. Between the tests, the 
specimen was allowed to recover for at least one day.  
 
Results reveal that the deployment time increases 
with the age of the specimen, and seems to settle at 
an asymptotic value. Fig. 16 shows this effect for the 
case without stowage on four successive (but not 
consecutive) days. 
 
It is suggested that the processing of the specimen at 
higher temperature intervals may induce a post-cure 
or aging effect, which would increase the transition 
glass temperature upwards from 120°C. This would 
result, however, in a reduction in material relaxation 
at a given temperature in the glassy region, i.e. a 
decrease of the deployment time. This is not 
consistent with the results obtained.  
 
A better explanation could be that the structure 
exhibits a strong hysteresis effect. Storing the tube at 
room temperature in the extended position for one or 
two days may be insufficient to recover the initial 
stiffness completely. 
 
Finally, it is suggested that moisture may also have 
an effect on the deployment behavior. It has been 
observed that the residual twist in the laminate 
reduces with exposure time to ambient air, which 
suggests moisture ingress [9]. The resulting change 
in the geometry may then influence the recovery 
behavior to a slight extent.  
 
A more detailed study on these effects will be 
needed to ascertain the exact underlying mechanism. 
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7. Conclusions & future work 

In conclusion, this work has shown that relaxation 
effects due to stowage of the tape spring in a coiled 
state causes significant changes in the deployment 
behavior of the structure. 
 
Stowage the structure at higher temperature or for 
longer periods of time increases the dynamic 
deployment time of the structure by decreasing the 
stored strained energy available for deployment. 
This may be beneficial in reducing dynamic latching 
effects associated with a rapid deployment, and 
hence reduce the risk of fracture of the material. 
 
We have shown that the stability of the structure 
always increases with relaxation, which means that 
an initially bistable structure will not self-deploy 
once in its coiled state.  
 
In cases where the relaxation of the structure is 
significant, secondary deployment effects appear. 
For instance, stowage at 60°C for 3 hrs causes a 
significant delay prior to the dynamic deployment of 
the structure—i.e. deployment latency. This effect is 
not yet well understood and is thought to be due to 
local stability effects. The time associated with 
deployment latency is difficult to predict but can be 
shown to increase with relaxation.  
 
For stowage at 100°C for 3 hrs, the tape spring fails 
to deploy altogether and remains stable at any 
deployed position. The deployment latency time has 
risen to infinity, and the structure has gained neutral 
stability. Although these observations are consistent 
with an increase of the stability criterion, the latter is 
not sufficient to capture what seems to be a local 
stability effect.  
 
The possibility of deployment failure for high-
stowage configurations is an important result of this 
research, which should be taken into account when 
designing bistable deployable structures. It is noted 
that, should deployment failure occur, an actuator 
would be needed to achieve the full deployment of 
the structure. On the other hand, the neutral stability 
of the tape spring gained through relaxation can be 
used as an advantage to reduce the actuator power 
requirements.  
 

Future work will focus on better understanding the 
effects of viscoelastic relaxation on the deployment 
of the structure using a numerical finite element 
model. 
 

 
Fig. 1. Bistable tape springs in coiled and uncoiled 
configurations [1]. 

 
 

 

 

 

 

 

 

 
Fig. 2. Geometry of bistable tape spring. R and r are 
respectively the initial and deployed radii, 𝛽  is the 
subtended angle, and the total deployed length is L. Here 
R = 16.6 mm, r = 20.8 mm, 𝛽 = 131.8° and L = 1253 mm. 

 

 
Fig. 3. Relaxation test apparatus. Left, stereoscopic DIC 
camera system with green lights. Right, thermal chamber 
mounted in Instron tensile testing machine. 
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Fig. 4. Plot of the normalized transverse modulus 
𝐸!!(𝑡)/𝐸!!,!with Prony series fit for relaxation at 60°C 
for 3 hrs (approximately 104 s). 

 
Fig. 5. Plot of the 𝐷!" bending stiffness components with 
relaxation time for stowage at 60°C for 3 hrs.  

 
Fig. 6. Plot of the normalized bending stiffnesses with 
relaxation time. As the tape spring relaxes, 𝐷!"∗  and 𝐷!!∗  
increase, while 𝐷!!∗  remains constant. 

 
Fig. 7. Evolution of the stability criterion with stowage 
time. The criterion is positive for all t, hence the structure 
remains bistable during relaxation. 

 
Fig. 8. Plot of the ejection force with relaxation time for 
stowage at 60°C for 3 hrs. 

 
Fig. 9. Deployment curves with and without the drag 
correction, for the case without stowage. 
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Fig. 10. Manufacture of the tape spring. Left: completed 
vacuum bag with ports visible. Right: finished product 
showing the twist in the structure. 

 

 
Fig. 11. Snapshots of the deployment of the tape spring. 
(a) t = 0.10 s, (b) t = 0.28 s, (c) t = 0.40 s, (d) t = 0.44 s.  

 

 
Fig. 12. Deployment comparison for analytical and 
experimental results for 𝜇 = 0.6. 

 
Fig. 13. Comparison of the deployment profile for 
stowage at 60°C for 3 hrs and without stowage (Type I 
deployment).  

 
Fig. 14. Deployment profile for tape spring stowed at 
60°C for 3 hrs (Type II deployment with latency). The 
latent region lasts around 0.45 s. 

 

 
Fig. 15. Overlay of photographs of the deployment of the 
tape spring at room temperature after stowage at 100°C 
for 3 hrs. The structure is stable for any deployed length.  
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Fig. 16. Deployment curves for the case without stowage 
on different testing days. Deployment time increases with 
the age of the specimen (the days are not consecutive.) 

 
Table 1. T800H ThinPly elastic properties at room 
temperature. The subscript ‘0’ denotes instantaneous 
conditions. 
 

E11 
 (GPa) 

E22,0 
(GPa) 

G12,0 
(GPa) 

ν12 
 (-) 

128 6.5 7.6 0.35 
 

Table 2. Prony series of transverse modulus E22 at 
60°C. 

 

N 𝑒!" 𝜏! 
1 0.013 2.64 
2 0.062 16.3 
3 0.094 266 
4 0.219 4790 

 

References 
[1] K. Iqbal “Mechanics of Laminated Bistable Tubular 

Structures”.  PhD Thesis, 2001.  
[2] Rolatube. Our Business. http://www.rolatube.com/ 

our-business. Accessed April 20, 2013. 
[3] Kwok, K. and Pellegrino, S. (2011). Viscoelastic 

effects in tape springs. 52nd AIAA/ASME/ASCE/ 
AHS/ASC Structures, Structural Dynamics and 
Materials Conference, 4-7 April 2011, Denver, CO, 
AIAA 2011-2022. 

[4] Brinkmeyer, A. Time Dependent Bistable Morphing 
Composites. PhD Thesis, 2013. 

[5] Ferry, John D. Viscoelastic properties of polymers. 
Vol. 641. New York: Wiley, 1980. 

[6] Guest, S. D. and Pellegrino, S. Analytical models for 
bistable cylindrical shells”.  Proceedings of the Royal 
Society, Vol. 462, pp. 839-854, 2006.   

[7] F. P. J. Rimrott. STEM Self-extension velocities. 
Canadian Aeronautics and Space Journal, Vol. 13 
(1), pp. 1-7, 1967. 

[8] Brinkmeyer, A., et al. Pseudo-bistable self-actuated 
domes for morphing applications. International 
Journal of Solids and Structures, Vol. 49, pp 1077 – 
1087, 2012. 

[9] Etches, J., et al. Environmental effects on thermally 
induced multistability in unsymmetric composite 
laminates.  Composites Part A: Applied Science and 
Manufacturing, Vol. 40 (8), pp. 1240-1247, 2009. 

0 0.2 0.4 0.6 0.80

0.2

0.4

0.6

0.8

1

Deployment time (s)

x
/
L

 

 

Day 1
Day 2
Day 3
Day 4

ICCM19 380



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  

Directed Carbon Fibre Preforming (DCFP) is an 

automated process for producing complex 3D 

discontinuous fibre preforms for liquid moulding. 

Fibre deposition is robotically controlled and net-

shape, offering excellent repeatability and low 

material wastage. DCFP offers greater design 

freedom compared with conventional laminated 

composites, as the fibre orientation distribution, 

fibre volume fraction (Vf), and fibre length can all 

be locally varied in the component according to 

structural requirements. 

The current lack of robust design tools makes it 

difficult to exploit the versatility of the DCFP 

process, limiting these materials to a ‘black metal’ 

design approach. This results in homogeneous 

isotropic fibre architectures and similar geometries 

to metallic counterparts. The most widely used 

structural optimisation methods for composite 

materials are considered to be unsuitable for DCFP 

because they adopt a metaheuristic approach [1]. 

These are only practical for handling discrete 

problems and are more widely used for optimising 

laminated composites where fibres are arranged in 

plies. Other methods, such as non-linear 

programming [2, 3], require constant re-evaluation 

of the design objectives and constraints, and are 

therefore very computationally expensive, 

particularly for large structures. In comparison, 

optimality criterion approaches [4] use simple local 

rules to update design variables, which are much 

more efficient and suitable for complex or larger 

problems.  

This paper builds upon a finite element based 

topology optimisation method previously proposed 

by the authors in [5]. An optimality criterion 

approach was developed to concurrently optimise 

local thickness and material stiffness for each finite 

element, over the entire surface of a DCFP 

component. The optimisation algorithm solved 

Lagrangian multipliers for each optimisation 

constraint, which included material volume and 

material cost.  

Optimised fibre architectures produced using the 

algorithm in [5] were not always suitable for 

manufacture however [6], as the local section 

thickness and material stiffness were both 

continuously varied over the surface of the 

component. In practice it is impossible to vary the 

stiffness on an element-by-element basis, as the 

precision of the fibre deposition is dependent on the 

resolution of the robotically controlled chopper gun. 

Neighbouring elements with similar material 

properties therefore need to be merged into larger 

zones using a common set of material parameters 

(fibre length and orientation, tow size etc.), 

controlling the local stiffness of the zone. 

This paper extends the topology optimisation model 

in [5], by introducing a segmentation algorithm. 

The global stiffness and thickness distributions that 

result from the initial stiffness optimisation are 

combined to form one single distribution of areal 

mass, which is the basis for performing the model 

segmentation. The size and the shape of each zone 

are tailored to suit the fibre deposition process, so 

that small areas or patches with small dimensions 

are avoided. It is also rational that a critical zone 

size exists in order to achieve a representative fibre 

architecture. The size of the representative volume 

element for achieving a homogeneous distribution 

of discontinuous fibres is known to be a function of 

fibre length and volume fraction [7, 8]. 

The model has been demonstrated by optimising the 

bending performance of a flat plate with three 

arbitrary holes. The deflection and specific stiffness 
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of the optimised DCFP panel are compared against 

uniformly thick DCFP and mild steel benchmarks. 

Results highlight the quality of the segmentation 

criteria and demonstrate potential weight saves for 

the DCFP panel process over the benchmarks.  

The modelling procedure has been split over three 

key areas; stiffness optimisation, material 

assignment and model segmentation.  

 

2. Stiffness optimisation criteria 

The stiffness optimisation algorithm aims to 

minimise the overall deflection of a component, 

whilst satisfying all of the design constraints. Strain 

energy is used as a global measure of the 

displacement and the problem is solved using a 

minimisation approach [5]. The model is 

constrained by global weight and material cost 

conditions, which remain constant throughout the 

analysis. Local section thickness and material 

stiffness are used as the design variables, which are 

updated iteratively for each element within the 

model. The problem can be constructed as:  

min   U(E, t)  

subject to V(t) = V0, C(E, t) = C0 

and   E ≥ Emin, t ≥ tmin 

(1) 

where E and t denote the modulus and thickness 

design variables respectively. U denotes the total 

strain energy in the structure. V and C denote the 

overall volume and material cost of the structure, 

and V0 and C0 are the target volume and cost 

respectively. Emin is the lower bound for the tensile 

modulus and tmin is the lower bound for the 

thickness to prevent local buckling of the structure, 

which are both determined experimentally. The 

minimum thickness is influenced by Emin, since the 

stiffness and strength of the component change with 

thickness due to the homogeneity effects [9] (see 

Fig. 2). 

A simple linear relationship is assumed between the 

material cost and the tensile modulus of the 

composite material: 

             (2) 

where Ai is the area of element i, and α is a constant 

which can be estimated by calculating the material 

cost for a range of DCFP laminates with known 

properties.  The material cost is influenced by fibre 

and resin choice, but is largely dominated by the 

fibre cost, which is a function of tow size and fibre 

grade. 

The optimisation process is performed iteratively, 

based on an initial strain energy density value from 

an isotropic model of uniform section thickness. 

For each subsequent iteration, the overall strain 

energy, component volume and material cost can be 

expressed as a summation from each element. The 

optimality criterion is derived by solving the 

Karush–Kuhn–Tucker (KKT) conditions of the 

Lagrangian expression from equation (1): 

L = U + λ1(V – V0) + λ2(C – C0) + λ3(Emin 

- Ei) + λ4(tmin - ti) 
(3) 

where λ1, λ2, λ3 and λ4 are the Lagrange multipliers 

corresponding to each constraint. The stationary of 

the Lagrangian leads to the following KKT 

conditions: 

  

  
 ∑

   

   
   ∑

   

   
      (4) 

  

  
 ∑

   

   
   ∑

   

   
   ∑

   

   
   

   

(5) 

The local thickness and modulus values are updated 

concurrently in an iterative loop using the 

optimality criteria derived in equations (2), (4) and 

(5). (A more detailed derivation is provided in [5]). 

The iteration stops when the overall strain energy 

value has converged. 

 

3. Material assignment 

This part of the model assigns the appropriate fibre 

architecture (selected based on material properties) 

to the optimised component. It takes the output 

from the initial stiffness optimisation (in the form 

of a local thickness and modulus distribution) and 

converts it into a fibre areal mass distribution of 

constant fibre tow size and fibre length. The 

optimisation routine is linked to a material database 

containing experimental Young’s moduli for a 
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range of DCFP plaques with various fibre 

architectures.  

The database has been analysed to form simple 

relationships between each fibre architecture 

parameter and the resultant Young’s modulus. The 

model utilises these continuous functions to express 

the thickness and modulus distributions in terms of 

fibre volume fraction for any predetermined fibre 

length and tow size. The volume fraction result is 

then combined with the thickness result to calculate 

the areal mass distribution, which is used directly to 

produce the robot deposition profile. 

A rule of mixtures (ROM) approach is employed to 

summarise the relationship between Young’s 

modulus and fibre volume fraction for DCFP. 

Figure 2 shows typical data for plaques with 6K 

tows, chopped to a length of 57.5mm. Experimental 

data is presented as points, with lines representing 

predictions from ROM. The Young’s modulus 

increases with increasing fibre volume fraction and 

the experimental points are in good agreement with 

the linear ROM function. Furthermore, Figure 2 

suggests that there is a tendency for the modulus to 

reduce for thinner specimens, which is common for 

discontinuous fibre architectures. This thickness 

size effect has been considered in the current model 

by locally increasing the fibre volume fraction to 

compensate.  

Figure 1 shows the relationship between Young’s 

modulus and specimen thickness in more detail. It 

is evident that the data follows a bi-linear 

relationship, with a transition point occurring at 

3.5mm for this particular fibre architecture. The 

Young’s modulus increases linearly for increasing 

thickness, after which a plateau is reached. This 

transition point depends on factors such as fibre 

length, volume fraction and tow size, as they all 

influence the level of homogeneity and departure 

from isotropy [8]. However, due to limited 

experimental data, a 3.5mm transition point has 

been assumed for all DCFP materials in the current 

work. 

It is worth noting that the current material model is 

only valid within certain thickness and volume 

fraction ranges: Very thin panels can cause 

buckling problems when used in real structures, and 

it is difficult to achieve uniform fibre distributions 

for very low fibre volume fractions or large tow 

sizes. Feasible thickness and fibre volume fraction 

ranges are also limited by the liquid moulding 

process: Preform permeability may be too low for 

volume fractions approaching 50%, whereas 

preform washing may occur if the volume fraction 

is too low (<15%). Whilst the thickness can be 

directly constrained within the stiffness optimality 

criterion method, the fibre volume fraction can be 

effectively constrained by restricting the Young’s 

modulus limits in equation (1). 

 

4. Model segmentation strategies 

This section of the model aims to generate more 

realistic fibre architectures by grouping elements of 

similar fibre areal mass into larger zones of uniform 

areal mass. The adopted approach shares many 

similarities with image segmentation techniques, in 

particular, those based on the similarity of the pixel 

intensity value. The resultant zones are tailored 

with length scale and size control in a secondary 

operation.  

4.1 Segmentation with multi-level thresholding 

Otsu’s method [10] is one of the most common 

thresholding methods for segmenting bi-level 

images. It states that the optimum threshold value 

should divide an image into two classes of pixels, 

so that the intra-class variance is minimised. A 

modified version [11, 12] has been used in the 

current paper to conduct multi-levelled 

thresholding. 

The model searches within the areal mass range of 

1000 to 4000gsm, using a fixed increment size of 

10gsm, to determine optimum thresholds. Let ρA 

denote element areal mass, where ρAmax, ρAmin are the 

maximum and the minimum values. The range in 

areal mass is divided into N intervals K1, K2,…, KN 

by the end points [1000, 1010,…., 4000], such that 

{ρAmin≤ρA<1000} for K1, {1000≤ρA<1010} for K2,…, 

{4000≤ρA< ρAmax} for KN. 

Assuming K1, K2,…, KN are divided into M classes 

C1, C2,…, CM by M-1 thresholds, the intra-class 

variance can be written as: 

    
     

    
      

 (6) 

in which: 
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  (7) 

PCi and SCi are called the zeroth-order moment and 

first-order moment of class Ci. Let Ka, Kb denote the 

first and the last intervals within Ci: 

   
          ∑    

 

   

 

 

(8) 

   
          ∑(   
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(9) 

where pKn is the probability that a ρA value belongs 

to interval Kn, and μKn is the average areal mass 

value of elements enclosed by Kn. 

The adopted algorithm searches the optimum 

thresholds by calculating the intra-class variance 

H(Ka, Kb) for any possible class containing interval 

Ka to Kb (1≤a<b≤N), using equations (7)-(9), and 

stores them in the following array: 

[
 
 
 
 
 
                                   

                            

     
                         

              ]
 
 
 
 
 

 

The optimum thresholds t1, t2,…, tM-1 can be 

determined by calculating (σB)
2
 for any possible 

combination of H(K1,Kt1), H(Kt1+1,Kt2),…, H(KtM-

1,KN) using the H array, and identifies the 

combination that yields a minimum value for (σB)
2
. 

Once all elements have been classified according to 

their areal mass, the model is refined into zones. A 

zone is defined as a group of elements that all 

belong to the same class and are bounded with one 

continuous boundary without self-intersection. The 

zoning process starts by randomly choosing an 

element as the seed. The zone expands by 

continuously searching and merging surrounding 

elements if they belong to the same class. When no 

further merging can be performed, a new zone will 

be started with a random new seed. The process 

continues until all the elements have been allocated 

a zone.  

 

4.2 Length scale and size control 

The multi-level thresholding method uses the 

element areal mass value as the only criteria during 

segmentation, and does not take into account the 

connectivity between elements. Therefore, model 

zones can result in random shapes and sizes, 

especially for cases where the areal mass 

distribution is highly scattered. Length scale and 

size constrains have been enforced to remove small 

zones and repair any zone that contain regions 

narrower than the robotic fibre deposition head.  

The minimum length scale of the zone is measured 

by constructing an equidistant curve from the zone 

boundary. The curve is formed by generating points 

that are perpendicular to the boundary, at a constant 

distance on the inside of the zone (see Figure 3).  

If 2r denotes the minimum length scale of the 

zones, then r denotes the offset distance. Therefore 

the equidistant curve does not self-intersect unless 

the minimal length scale is smaller than 2r. Figure 3 

illustrates this approach, showing the approximate 

bounding polygon of the boundary nodes. The 

original zone (Figure 3a) contains a narrow region, 

therefore the equidistant boundary (dotted line) 

produces a singularity, due to self-intersection. The 

narrow region is removed by defining a new zone 

boundary (solid line, Figure 3b), which 

encompasses elements at a constant distance r in 

the outward direction to form a new equidistant 

boundary. 

Elements removed from narrow regions are re-

allocated into neighbouring zones, but care is taken 

to prevent narrow regions reforming. This is 

demonstrated in Figure 4, where elements removed 

during the previous iteration (white elements) are 

surrounded by four other zones (coloured and 

numbered). The white elements are reallocated to 

one of the other four regions using a ‘region growth 

process’. Only one layer of the white elements are 

merged at a time and the zone is selected based on 

the longest boundary (in this case the row of 

elements bordering zone 2). Size control is 

performed as the last stage and is to reduce 

manufacturing complexity by minimising the 

number of smaller zones. It can be easily achieved 

by adopting a threshold value of the minimum zone 

size, where areas smaller than the critical size will 

be discarded. A subsequent merging process is 
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required to reallocate the resultant un-zoned 

elements, which can be performed in the same 

manner as the region growth step following the 

length scale control.  

The final outputs after segmentation and length/size 

control can be converted into a thickness map and a 

fibre areal mass map, where the former can be used 

for the design of the RTM tool, and the latter for 

planning the fibre deposition program. The 

complete optimisation program is illustrated in 

Figure 5, with the initial stiffness optimisation steps 

on the left and the segmentation steps on the right.  

 

5. Case study 

A 400×600mm rectangular plate with three large 

arbitrary circular holes has been chosen to 

demonstrate the optimisation process. Comparisons 

of the deflection of the plate under a point load are 

made for three materials: 2mm thick mild steel, 

4mm thick DCFP with uniform fibre architecture 

and DCFP with optimised fibre architecture. Both 

DCFP plates consist of 30mm long 3K tows, but the 

optimised version has variable fibre volume 

fraction and section thickness locally within the 

part. The plate is simply supported along the two 

400mm sides and the point load is applied at the 

geometric centre. 

5.1 Finite element modelling 

The CAD geometry of the plate is defined as a 3D 

conventional shell and exported into 

ABAQUS/CAE for mesh generation and analysis. 

The geometry of the conventional shell represents 

the mid-surface of the plate, where the material 

properties and section thickness can be defined 

using the shell section definition. Quadratic 

elements (STRI65) are adopted for this study, but 

the optimisation algorithm is capable of handling 

linear or non-linear conventional shell elements of 

any shape. 

The model is subjected to a static load case using 

appropriate boundary conditions and is analysed in 

ABAQUS/Standard. The point load is applied as an  

equivalent pressure of 0.764MPa over a circular 

region of Ø10mm, to reduce the stress singularity 

caused by applying a concentrated force and to 

match experimental methods. Isotropic material 

properties are adopted for all material options, 

where composites properties are defined by the 

effective linear-elastic stress-strain relationship. For 

the mild steel and un-optimised benchmark models, 

the corresponding shell section definition is 

assigned globally to the entire model, whereas for 

the optimised DCFP model, a *DISTRIBUTION 

TABLE is used to specify the shell thickness and 

the effective composites properties for each 

element. The material properties for the benchmark 

models have been obtained experimentally from 

tensile testing of straight sided samples, where the 

Young’s modulus and Poisson’s ratio values have 

been measured using digital image correlation.  

Table 1 summarises the material properties for the 

benchmark models and the optimised DCFP model. 

E0, t0 denote the Young’s moduli and section 

thicknesses of the benchmark models. A 3K tow 

size and 30mm fibre length have been selected for 

the DCFP fibre architecture, with a 30% Vf and 

4mm section thickness for the un-optimised case.  

5.2 Results  

A summary of the simulation results is presented in 

Table 2, including the mild steel and un-optimised 

DCFP benchmarks. Results for the optimised model 

are presented in two stages. The first set of results 

are following the stiffness optimisation, but before 

segmentation (w/o zoning), which represent the 

fully optimised case. The second set of results 

demonstrates the compromise in performance due 

to the segmentation of the areal mass distribution. 

The performance is compared in terms of the total 

strain energy, maximum deflection, total mass and 

specific stiffness.  

Figure 7 displays the deflection plot for the steel 

models and the three DCFP models. Convergence 

of the strain energy density was achieved after just 

seven iterations for the initial optimised DCFP 

model. The maximum deflection was reduced by 

~50% compared with the un-optimised case. The 

deflection increases by 10% following 

segmentation (Optimised DCFP – w/o zones), but 

this still represents a 45% reduction compared to 

the un-optimised DCFP and 52% compared to the 

steel.  

The thickness of the un-optimised DCFP panel was 

chosen to yield a comparable bending stiffness to 
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the steel benchmark. According to the strain energy 

density values in Table 2, the stiffness of the un-

optimised DCFP solution was 7.3% lower than the 

steel and therefore the maximum deflection was 

5mm compare with the target of 4.65mm. However, 

the overall mass of the DCFP plate was 70% lower, 

reflecting the high specific stiffness of this material 

compared with steel (3.6 times the overall specific 

stiffness of mild steel for the current case).  

The thickness and modulus distributions from the 

initial stiffness optimisation stage are presented in 

Figure 8. These represent the idealised solution and 

are considered to be unrealistic from a 

manufacturing perspective. Both distributions are 

similar for the thickness and modulus profiles, as 

they are dominated by the stress concentrations at 

the holes and at the central load point. A high 

modulus and thickness region is often an indication 

of the localised stress concentration, and usually the 

affected area is relatively small due to the large 

stress gradient. Figure 9 presents the segmentation 

scheme based on a 5-level threshold, where the 

effects of applying length-scale and size controls 

have also been demonstrated. The number of levels 

is reduced to 4 due to subsequent merging 

following the length-scale control. Figure 10 shows 

a histogram of areal mass distribution before 

segmentation and the range subsequently covered 

by each thresholding level after segmentation. The 

overlapped regions between levels are a result of 

the length scale and size control, where elements 

have been merged into a zone at a different 

thresholding level. It is worth noting that the spatial 

distribution of elements with higher areal masses 

(5500gsm-6000gsm) tends to be highly scattered 

and localised, therefore these elements are often 

removed during the length-scale and size control. 

High areal mass elements are shifted into lower 

areal mass regions during the subsequent merging 

process.  

Although the areal mass becomes a lot more 

uniform due to the segmentation, it has very little 

impact on the structural performance of the plate 

according to Figure 7 and Table 2. The expected 

deflection of the final model is very close to that of 

the idealised solution, where the maximum 

deflection increases to 2.84mm, which still shows a 

significant gain in overall stiffness compare with 

the un-optimised DCFP. The specific stiffness for 

the optimised DCFP structure is 5.5 times that of 

the mild steel, and 1.8 times that for the un-

optimised DCFP. This is achieved by redistributing 

the DCFP material more effectively within the 

structure without incurring any additional material 

cost or weight compare with the un-optimised 

solution. This demonstrates the flexibility of the 

DCFP process and highlights the importance of 

understanding the characteristics of the material and 

process. 

 

6. Conclusions 

A stiffness optimisation method has been developed 

to locally vary the thickness and areal mass 

distribution for a DCFP component. The model is 

based on an optimality criterion approach for 

concurrently optimising multiple design variables. 

A segmentation algorithm has been implemented to 

divide the resulting fibre architecture into several 

zones of similar areal mass, where the size and 

shape of each zone is optimised to suit the precision 

of the fibre deposition process. 

The optimisation algorithm has been demonstrated 

using a flat rectangular plate with three holes. 

Comparisons are made between mild steel, an un-

optimised DCFP plate and two optimised DCFP 

versions. Results suggest that the current method 

can effectively improve the stiffness of the 

component without sacrificing weight-saving 

potential or adding additional cost over the original 

DCFP benchmark. The subsequent segmentation 

model ensures that the optimised structure is fit for 

manufacture, with very little impact on the overall 

structural performance compared with the idealised 

solution.  
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Figure 1: Young's modulus vs. specimen thickness for 6K 

57.5mm DCFP. Experimental data are normalised to 30%Vf 

using rule of mixture. Error bars indicate the standard deviation 

of each specimen type. 

Figure 2: Young's modulus vs. fibre volume fraction for 

6K, 57.5mm DCFP. Experimental data include tensile 

specimens of different thickness ranges as indicated with 

marker shape and colour intensity. Error bars indicate the 

standard deviation of the Young’s modulus value. 

Figure 3: The equidistant boundary approach to control the 

minimum length scale of a zone. All solid lines indicate 

reference boundaries and all dotted lines indicate 

corresponding equidistant boundaries.   

Singularity 

(a) 

(b) 

Figure 4: Schematic diagram of the region growth 

process. The white region in the centre indicates the 

un-zoned elements and the coloured, numbered 

regions indicate the existing zones. 
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Figure 5: Flow chart of the structural optimisation algorithm 
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Figure 6: Deflection of the test plates. Left to right: mild steel, un-optimised DCFP, optimised DCFP (w/o zones), 

optimised DCFP (w/ zones). All values in mm. Negative signs indicate downward displacement. 

Figure 7: Thickness (mm, left) and modulus (MPa, right) distributions from the initial optimisation results. 

(a) Before segmentation 

Max. defl = 2.52mm 

(b) 5-level thresholding 

Max. defl = 2.52mm 
(c) 50mm length-scale 

Max. defl = 2.76mm 

Figure 8: Areal mass distribution before and after segmentation: (a) before segmentation; (b) with 5-level 

thresholding; (c) with length-scale control; (d) with zone size control. Values in legend are expressed in g/m
2
. 
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(d) 10
4
mm

2
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ICCM19 390



 

11  

STRUCTURAL OPTIMISATION OF DISCONTINUOUS FIBRE COMPOSITES 

 

 

Table 1: Material properties for the structural optimisation model. Benchmark values for DCFP are taken from 3K 

30mm fibre length at 30%Vf. 

  E0 Emin Emax Nu t0 tmin tmax Density 

 (MPa) (MPa) (MPa)  (mm) (mm) (mm) Kg/m
3 

Mild steel 200000 - - 0.3 2.1 - - 7850 

DCFP 27060 15000 45000 0.3 4 2 6 1230 

 

 

 

Table 2: FEA results for the benchmark model and the optimised DCFP. 

 Total strain energy Max. deflection Total mass Specific stiffness* 

 (kN.mm) (mm) (kg) (unity) 

Mild steel 138.33 4.65 3.47 1 

Un-optimised DCFP 148.47 5.00 1.04 3.1 

Optimised DCFP (w/o zones) 75.55 2.52 1.04 6.1 

Optimised DCFP (w/ zones)** 84.61 2.84 1.04 5.5 

*Values normalised to the benchmark case of mild steel. 

**Zones created with 5-level thresholding, 50mm minimum length-scale and 10
4
mm

2
 minimum zone size. 

 

Figure 9: Histogram of areal mass value before segmentation, and the resultant distribution of each level (as indicated in 

Figure 8).  
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1. Introduction  

The use of dry woven fabrics is becoming 

popular for structural composites as fabrics are 

eary to handle and drape, and reduce 

manufacturing costs.  Resulting textile 

composites are damage tolerant due to 

interlacement between the tows. For the 

composite manufacturing a number of different 

techniques are being employed amongst which 

Resin Transfer Molding (RTM) and Vacuum 

Infusion (VI) are the most common. In all these 

manufacturing processes the dry preform is 

compacted to a certain level of pressure. 

Compaction of the preform changes the yarn 

tow waviness which in turn changes the 

mechanical properties of the composites[1]. 

Compaction of the preform also effects its 

permeability[2]. This change in permeability is 

mainly considered due to inter-tow voids or 

resin channels reduction and only a negligible 

effect is due to intra-tow voids [2].  

Additionaly in  multilayer fabrics the nesting of 

the layers effects the permeability [3].The 

nesting of the layers in the multilayer stack is 

also an important parameter deciding the 

preform thickness and the fibre volume fraction 

of the preform [4] ,The nesting effect was 

studied on the permeability of the woven fabrics 

by various researchers [3, 5, 6] , It was observed 

by Hoes that nesting is a major source of 

variation in experimentally determined 

permeabilities [7]. nesting has been calculated 

in terms of nesting factor [8] and nesting 

coefficient [9].  

Here in this study the meso-structure of the 2D 

woven prefrom,single layer and stack of six and 

ten layers has been investigated.  Different 

parameters including yarn waviness, nesting of 

the layers and the effect of the layer nesting on 

the resin channels has been studied under in-situ 

compressive loading using X-ray computed 

tomography (CT). Nesting factors (NF) has 

been calculated from mechanical test results and 

compared with nesting factors calculated from 

tomographic images. For the meso-structure 

analysis of fabric samples, the dry preform was 

compressed between two clear polycarbonate 

plates and scanned by computed tomography 

(CT). 

2 Material & Experimental details 

The material used was E-glass plain woven 

fabric with a warp density of 4.8/cm and weft 

density 4.4/cm. The warp and weft count was 

660 Tex.                                                              

Mechanical testing for single layer and 

multilayer dry preform was performed using 

Instron 5569 testing system. The load cell 

capacity was 5kN and the machine speed during 

testing was 1mm/min, the area of the sample 

was 15 cm
2
 and the area of the top and the 

bottom platens was 45 cm
2
. Normally two test 

methods are used for the compression testing of 

the woven preforms 1) dynamic compression 

test method 2) static/step compression test 

method. In the dynamic testing method, the 

machine is continuously moved to the final load 

without any stop/hold in-between so that a 

continuous curve is obtained for pressure 

thickness values as shown in Fig.1. 
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Fig.1. Typical pressure thickness curve for 

dynamic loading  

In static or step compression method, the 

machine is moved to the desired pressure or 

thickness and stopped there for a certain time 

before proceeding to the next position. Due to 

the creeping behavior of the fibers, fibers tend 

to relax and rearrange themselves under 

pressure, so either pressure drops to maintain a 

constant thickness or thickness drops to 

maintain a constant pressure. To maintain the 

pressure or thickness constant a certain time is 

given to the fibers to relax so that there is no 

further reduction in thickness or pressure. In this 

testing method, a step curve is achieved rather 

than a continuous curve for thickness or 

pressure against time (Fig.2). 

In the present work, the static test method was 

used for compression testing of the fabric 

instead of dynamic method and load hold 

method was adopted in which machine was 

moved to the desired constant load and a hold of 

5 minutes was given to the fibers to relax at 

each pressure level, the thickness was initially 

decreased and then it was stabilized with in 

 this five minutes time. 

  

Fig.2. Thickness, time curve for static loading 

 

This five minutes hold time was considered 

adequate for this type of loading [10]. At each 

loading point the final thickness value was 

recorded. 

 

 

 

 

Fig. 3.Intron compression set up 

For meso-structural analysis of the dry preform, 

a compression rig was developed (Fig.4) to 

compress the fabric in-situ in the tomography 

machine. The rig consists of two clear 

polycarbonate plates 60x35x12 mm in length, 

width and thickness direction respectively. Two 

thickness gauges of known thickness were 

Upper plate  

Bottom fixed plate  
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placed on either side of the plate and two side 

screws were used to compress the plates from 

both sides. The fabric was placed between these 

two plates and was compressed to a known 

thickness by tightening the side screws after 

putting the thickness gauges on either side. The 

gauge thickness was decided according to the 

pressure level required and the thickness values 

against different pressures were taken from the 

pressure thickness curve obtained during 

compression testing of the preform. 

 

 

 

Fig.4 Compression set up for in-situ loading 

 

 

Fig. 5.Compression rig and the tomography set 

up. 

 

Meso-structure of the tow and the resin channels 

was investigated using scanned samples of 

woven preform by x-ray computed tomography 

under in-situ compressive loading.  

The fabric specimens were scanned on a Nikon 

Metrology 225/320 kV Custom Bay system at 

the Henry Moseley X-ray Imaging Facility in 

The University of Manchester. The system was 

equipped with a 225 kV static multi-metal 

anode source (Cu, Mo, Ag, and W) with a 

minimum focal spot size of 3 μm and a Perkin 

Elmer 2000 × 2000 pixels 16-bit amorphous 

silicon flat panel detector. Scanning was 

performed with a silver target using a voltage of 

85 kV and a current of 115 μA. The data 

acquisition was carried out with an exposure 

time of 1000 ms, the number of projections was 

set to 3142 and the number of frames per 

projection was 1. The volume was reconstructed 

at full resolution with a voxel size of 13.2 μm 

along the x, y, and z directions. Image analysis 

was performed using Avizo® Fire version 7.0.1 

software. Each volume was cropped and a non-

local means filter was applied to reduce image 

noise in each dataset.  

3 Results and discussion 

3.1 Macro-deformation 

The compaction of single layer and multilayer 

fabrics was performed on Instron testing 

machine as discussed earlier. The average layer 

thickness results are presented in Fig.6.The 

graph shows that the average layer thickness of 

single layer is more compared to six and ten 

layers stack, the reason is that the nesting of 

layers in multilayer stack results in reduced 

stack thickness which effects the average layer 

thickness.Also in case of multilayer stack,  the 

average layer thickness of the six layer stack is 

higher than average layer thickness of ten layer 

stack, again the nesting of the layers results in 

reducd stack thickness in ten layer compared to 

six layers.  
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Fig.6.Average layer thickness of different layers 

plotted against pressure 

3.2 Meso-deformation 

The tomographic images obtained for single 

layer and for stack of six layers are shown in 

Fig.7,8 and Fig.9 respectively.Fig 10 shows the 

3D view of reconstructed single layer using 

avizo software. The obtained images were 

studied for meso-structure using avizo software 

and yarn waviness and nesting was calculated 

using measure software. 

 

Fig.7.Weft cross section of single layer  

 

Fig.8.Weft cross section of six layers stack  

 

Fig.9.Weft cross section of ten layers stack  

 

Fig.10.Reconsructed single layer fabric  

3.2.1 Yarn waviness 

Due to interlacement of warp and weft yarns, a 

certain amount of waviness is imparted to the 

warp and weft yarns in fabrics. This waviness is 

termed as yarn crimp. Due to this yarn crimp, 

the length of the yarn in the fabric is more than 

the length of the fabric.Yarn crimp is calculated 

by using the following equation. 

C% = (L-P)/L *100   (1) 

Where P and L are actual yarn length and crimp 

yarn length respectively (Fig.11). 

 

Fig.11.Yarn waviness  
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The yarn waviness results are presented in 

Fig.12  and Fig.13. 

 

 

Fig.12. Warp yarn crimp % of different layers 

 

Fig.13. Weft yarn crimp % of different layers 

During this study, it was observed that there was 

a higher crimp % age in the warp yarns 

compared to the weft yarns for both single and 

multilayer fabrics at a pressure of 100 kPa.The 

reason might be different tensions on warp and 

weft yarns during weaving process which 

resulted in different crimps in warp and weft 

yarns. After increase in pressure from 100 kPa 

to 300 kPa, the crimp in the warp yarns reduced 

and there was an increase in the crimp of the 

weft yarns. This phenomenon is know as crimp 

balancing in which on application of pressure, 

crimp decreases in high crimped yarn and  

increases in low crimped yarn in case when the 

both yarns have different level of crimps before 

application of pressure. This phenomenon was 

discussed in detail by Potluri et al [8].Also it 

was noted that the crimp % age in the multilayer 

fabrics was higher than the single layer fabric, 

the cause was the nesting of the layers in the 

multilayer stack , which was resulting in less 

crimp break in multilayer stack compared to the 

single layer. Also it was noted that in the 

multilayer stack, the yarn crimp was lesser at  

places where the yarn layers were sitting exactly 

upon each other with out nesting and the crimp 

was higher at those positions where the layer 

nesting was higher which shows the yarn crimp 

is highly influenced by nesting of the fabric 

layers. 

3.2.2 Nesting of layers 

Layer nesting is the term used for the multilayer 

fabric stacks.When the layers are compressed 

together, the “hills” and “valleys” of two 

adjacent layers nest one into another reducing 

the total thickness of the stack than the 

individual layer thickness and the phenomenon 

is termend as layer nesting [9]. 

The nesting of the layers is calculated in terms 

of nesting factor using the equation. 

NF = Ts/∑1
n
Ti     (2) 

Where NF is the nesting factor, Ts is the stack 

thickness and Ti is the individual layer 

thickness.Higher the nesting factor, lesser will 

be nesting and vice versa. In case the the 

thickness of the individual layer is equal to H 

(Fig. 14a) , the nesting factor will be one. If the 

layers sit upon each other with out nesting(Fig. 

14b) and the thickness of the two layers stack 

will be equal to sum of individual layer 

thickness. But when the layers shift and come 

closer to each other the nesting factor will be 

less than one and the thickness of the stack will 

be lesser than the sum of the thickness of the 
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individual layers by a factor “N”, where N is the 

nesting of the layers (Fig. 14c) 

 

Fig.14.Single layer thickness (a), two layers 

thickness with out nesting (b) two layers 

thickness with nesting 

Here in this study, the nesting of the layers was 

calculated for stacks of six and ten layers using 

mechanical testing and computed tomography 

results. In mechanical method, the single layer 

and the stack of six and ten layers were 

calcualted using instron testing machine results 

and nesting factor was calculated using equation 

2.In tomography method, the single layer 

thickness was calculated from individual layer 

thickness with in the stack and again using the 

equation 2, the nesting factors were calculated . 

It was seen that the nesting factors calculated 

for ten layers stack were lesser than the six layer 

stacks, In addition, the nesting factors from 

mechanical test results were higher than the 

nesting factors calculated from tomographic 

images (Fig 15 ), the reason was the single layer 

thickness calculated from stack of six and ten 

layers in tomography images was higher than 

the single layer results calcualted from 

mechanical testing( Fig 16 ). 

 

Fig.15. Nesting factor (NF) for different layers 

The higher nesting in the ten layers was 

resulting in lower stack thickness of the ten 

layers compared to the six layers stack.The 

higher nesting of the layers give rise to 

increased fibre volume fraction of the preform 

and the composite so for making accurate 

simulation tools for fibre volume fractions, the 

nesting of the layers needs to be taken into 

account and the tomography can be used as a 

tool to calcualte accurate nesting of the layers 

compared to mechanical test results which only 

give average nesting results whereas from the 

tomographic images, the local nesting can also 

be measured at differernt slices with in the 

fabric stack. 
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Fig.15. Single layer thickness from mechanical 

testing and tomography analysis 

 

3.2.3 Nesting and inter-tow voids  

The inter-tow voids or the resin channels in the 

stack of six and ten layers were also observed 

and the effect of nesting was  studied on the 

resin channels. Both six and ten layer stacks 

were studied at different slices to investigate the 

effect of layer nesting on the resin channels. It 

was observed that the inter-tow voids were 

higher in the regions where the layers were 

sitting exactly upon each other with out nesting 

and the minimum channels were present at 

points where the layers were nesting with each 

other (Fig. 16). The channel size was found to 

be highly dependent on layer nesting. The size 

of the channels at the points with no nesting was 

up to 0.27 mm
2 

compared to the nested region 

channel size where even no channels were 

present in perfect nesting situation. The 

behaviour of the channels was same for six and 

ten layers stacks for nesting and non nested 

cases. It can be seen from the Fig. 16 , the upper 

layers which are sitting upon each other with 

out nesting have big gaps/channels, compared to 

bottom layers with nesting which have 

minimum gaps for resin flow. The yarn packing 

increased with nesting in the lower layers. 

 

 

 

 

 

Fig.16.Resin channels with nesting and non 

nesting of layers in ten layer stack 

4 Conclusions 

In this work, plain woven glass fabric samples 

of single layer and stack of six and ten layers 

were studied under in-situ compressive loading 

using computed tomography (CT). Different 

parameters including yarn waviness, nesting of 

the layers and its effect on inter-tow voids wase 

investigated.It was observed that there is lower  

crimp reduction in multilayer stacks compared 

to single layer at same compaction pressures. 

Also there is less reduction in average layer 

thickness in multilayer stacks than the single 

layer as shown by CT results. The nesting of the 

layers increases with increase in number of 

layers with in stack. Also the nesting of the 

layers results in smaller resin channels giving 

minimum passage for resin flow.Over all the 

nesting of the layers is the main phenomenon 

effecting the layer thickness, tow waviness and  

the resin channels in the multilayer stacks.   
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1 Introduction 

 

The business airplane industry has high esthetical 

standard concerning their interior design. A business 

airplane is distinguished by, among others, its 

luxurious components, and its breathtaking interior 

design. In luxurious aircraft, wood was formerly 

used to build the furniture. Nowadays, it is replaced 

by composites sandwich structures covered with 

wood veneer. These structures bring sophistication, 

lightness, and good mechanical properties to the 

interior furniture. Due to high costs and geometrical 

limitations it is difficult to manufacture composite 

sandwich structure in a single piece. In many 

engineering fields, it is therefore necessary to 

assemble small manufactured parts. The assembly 

can be made using bolted, riveted, or adhesive 

bonded joints. Adhesive bonded joints have the 

advantage of reducing the added mass and 

distributing uniformly the load transfer while 

improving the overall aesthetic of the part. Among 

all available adhesives, room temperature epoxy 

adhesives are increasingly used to bond joints. One 

of the main advantages using this type of epoxy is 

their rapid curing and high mechanical properties. 

Their low cost and good hygro-thermal properties 

make them a suitable choice for the aeronautic 

industry [1]. As example, the assembly and the 

fixation of the composites sandwich structures to the 

fuselage of business airplanes are made possible 

through fasteners composed of screws and metallic 

inserts. These are generally bonded inside the 

sandwich panels using a room temperature epoxy 

resin. Although this method reduces the added mass, 

it is actually a source of local surface defects. In fact,  

 

defects often appear on the visible surface of 

furniture where inserts are located. Moreover, the 

defects tend to appear few months after the airplane 

delivery causing costly reparations. The sources of 

these defects can be mechanical (deformation due to 

an excessive tightening), chemical (shrinkage of the 

epoxy adhesive) or the result of hygro-thermal 

exposition of the adhesive. 

In the literature, the impact of added water to epoxy 

resin has been widely investigated [2-4]. Thus, the 

influence of water on the polymerization kinetics 

and on the mechanical properties was analyzed [2, 4, 

5]. Several researchers have also investigated the 

impact of water on cured epoxy and concluded that 

it increases the degree of polymerization [6]. It was 

also proven that its ultimate Tg decreases with 

increasing relative humidity [7]. It is well known 

that a low Tg can be harmful since the operating 

domain of the material is considerably reduced. If 

the influence of a direct water contact is known, 

only few scientific investigations have been done on 

the effect of humidity on neat or cured epoxy resin.  

The goal of the present research was to investigate 

the influence of humidity on the polymerization of 

an epoxy adhesive and to evaluate the effect of 

hygro-thermal aging on a cured epoxy used for the 

assembly and fixation of airplane interior furniture.  

 

In this paper, an experimental procedure was 

developed to study the influence of humidity on the 

polymerization of an epoxy adhesive. Gravimetric 

measurements were performed to assess the weight 

variation due to relative humidity. The cure kinetics 

was also evaluated using a differential scanning 
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calorimeter (DSC). Finally, tensile modulus was 

measured using a standard DMA under flexural 

configuration.  

2 Materials and experimental procedures  

 

The adhesive used in this study was a two-

component room temperature epoxy.  

 

2.1 Curing and aging methods 

 

The first plan of experiments was intended to 

characterize the adhesive at ambient temperature.  

The first part of this plan was devoted to the 

evaluation of the total enthalpy and the ultimate Tg 

of the adhesive. Thus, resin was hand mixed with the 

hardener. Few milligrams of liquid resin were then 

placed in DSC sealed pans and were totally cured 

with a heating ramp in order to obtain the total 

polymerization enthalpy. The application of a 

second heating ramp enabled the determination of 

the ultimate Tg. 

The second part of the plan was elaborated in order 

to determine the evolution of the Tg and the degree 

of cure of the adhesive at ambient temperature for 

long period of time. Few milligrams of hand mixed 

resin were placed in ten (10) DSC sealed pans. One 

sample was tested each day at ambient temperature 

and humidity. The DSC parameters used are 

presented in section 2.2.2. 

 

The second plan of experiments aimed at studying 

the influence of humidity during the cure of the 

epoxy. Resin was hand mixed with the hardener. 

The obtained blend was then put in silicone molds 

with 3 standard cavities (60x10x3mm) already 

coated with release agent. Four (4) molds were used 

to make twelve (12) samples. Each mold (with 3 

samples) was placed in hygro-thermal aging 

chambers. The samples were cured at different 

humidity levels for 10 days. The different hygro-

thermal conditions are summarized in Table 1. 

  
The third plan of experiments was designed to the 

evaluation of hygro-thermal aging on cured epoxy. 

As in the first experiment, resin was mixed with the 

hardener and then put in silicone molds. Twelve (12) 

samples were subsequently cured at ambient 

temperature and humidity for 10 days. The samples 

were then aged for one (1) week in the hygro-

thermal aging chambers according to the parameters 

listed in Table 2. 

2.2 Tests methods 

 
2.2.1 Gravimetric measurements  

Mass measurements of each sample were performed 

before and immediately after their exposition in 

hygro-thermal aging chambers. An analytical 

balance with an accuracy of 0.001 g was used in 

order to evaluate the absorbed humidity. The mass 

percentage of water absorbed by the resin M(t) was 

calculated according to the equation: 

 

 ( )  
               

        
           (1) 

 

where,        was the resin weight after aging and 

         was the resin weight before aging. 

 

2.2.2 Calorimetric analysis 

 

A DSC Q2000 from TA Instruments was used to 

perform calorimetric measurements. Small pieces 

(few milligrams) were cut from each solid sample 

obtained from the second and the third plan of 

experiments and placed in DSC sealed pans. All 

tests were made with a heating ramp of 3 °C ⁄ min 

between 0 °C and 160 °C. Tg was determined by the 

inflexion point of the reversing heat flux curve. The 

residual enthalpy was obtained by the integration of 

the non-reversing heat flux curve. The degree of 

cure α was calculated with the following equation: 

 

 ( )      (  
     

   
)                (2) 

 

where,       was the residual enthalpy and      , 

the total enthalpy of the adhesive. All data were an 

average of 3 different samples.  

 

2.2.3 Thermomechanical analysis 

 

Mechanical properties were determined with a 

dynamical mechanical analyzer (DMA) Q800 from 

TA Instruments. Three point bending tests in static 

mode were performed to determine the Young’s 

modulus E which corresponds to the slope of the 

stress-strain curve.  
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All data were an average of 3 different samples of 

each condition mentioned in Table 1 and Table 2. 

 
3 Results and discussion  

 

3.1 Study of the epoxy adhesive at ambient 

temperature 

 

The first DSC measurements of neat epoxy resin led 

to a total polymerization enthalpy of 350 J/g 

suggesting that the reaction is highly exothermic as 

seen in Figure 1. Moreover, the ultimate glass 

transition temperature (Tg) of 88 °C was determined 

by the inflexion point of the reversing heat flux 

curve as shown in Figure 2. 

 

The second part of this study showed that this room-

cured epoxy does not reach the full degree of cure 

after 10 days of curing at ambient temperature. 

Figure 3 presents the degree of polymerization 

versus the exposition time at ambient temperature. It 

can be seen that the degree of polymerization varies 

between 60 % and 80% as the curing increases from 

one to 10 days. A plateau of polymerization is 

reached after just two days and the polymerization 

does not increase significantly thereafter. Moreover, 

Figure 4 shows the glass transition temperature 

evolution with the exposure time at ambient 

temperature. As expected, the Tg follows the same 

trend as the degree of cure. It can be observed that 

the adhesive cured at room temperature has 

relatively low glass transition temperature (Tg=50 

°C) after 10 days of polymerization. The value is 

significantly smaller than the ultimate Tg. This 

analysis suggests  that this epoxy resin is still curing 

after very long period of time at ambient 

temperature. The kinetics and mechanical properties 

will be consequently more susceptible to change 

under certain hygro-thermal conditions. 

 

3.2 Polymerization of epoxy samples under 

humid conditions at ambient temperature. 

3.2.1 Weight variations 

 
The gravimetric results did not show a significant 

increase of weight due to water absorption. 

However, for a relative humidity of 100 %RH, an 

increase of 1.7 wt% was obtained. Figure 5 shows 

the weight variation of epoxy as function of 

humidity. This corresponds to the percentage of 

water in the resin with respect to unaged resin. A 

negative absorption rate can be observed for the first 

three levels of relative humidity. Even at low 

humidity levels, it is uncommon to see such negative 

absorption. The adhesive seemed to lose weight 

when it polymerized in humid environment. 

However, at high humidity level, the water 

absorption became higher than the mass loss and the 

sample began to gain weight due to humidity. This 

kind of test requires a lot of time and many types of 

equipment thereby the amount of tests has been 

limited. However, a slightly increasing trend of the 

water absorption can be observed and the adhesive 

has absorbed 1.7% of mass due to humidity. 

3.2.2 Kinetics properties 

 
Figure 6 shows the residual enthalpy of the epoxy 

adhesive as function of the relative humidity 

exposure during the cure. The M-DSC results 

reported in this figure indicate that the residual 

enthalpy of reaction seems to slightly decrease with 

the increase of relative humidity. This conclusion 

can indicate that the presence of humidity leads to a 

different morphology of the resin and thus decreases 

the residual enthalpy. However, this conclusion 

cannot reinforce the results found in the literature 

stating that the presence of water tends to increase 

degree of cure [2, 4] and also accelerate the kinetic 

reaction rate [2-5] of other epoxy systems.  

What distinguished this present study from literature 

is the way water was mixed with the neat resin. A 

direct interaction (water mixed into resin or 

immerged sample) would maximize the water effect 

leading to a higher degree of cure. It should also be 

noted that the reaction is made at ambient 

temperature. The mobility of water and resin 

molecules is therefore reduced. Thus, the 

conclusions exposed here can be different at 

elevated temperature.  

3.2.3 Mechanical properties 

 
This study showed that the Young’s modulus 

decreases with increasing relative humidity. Figure 

7 represents the evolution of the Young’s modulus 

as function of the relative humidity during the cure. 
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It can be seen that the modulus decreases by almost 

25 % when the relative humidity reaches 100 %RH. 

These results were in accordance with previous 

researches [3] concluding that water absorption lead 

to a decrease of mechanical properties. 

 

Since the moisture did not seem to influence the 

kinetic reaction, the decrease of the Young’s 

modulus may be caused by either the presence of 

non-reacting water or voids. The water absorbed by 

the resin could be captured in between the polymer 

chains.  But, as shown in the section 3.2.1 and 3.2.2, 

its reaction with resin molecules was not important 

enough to impact the polymerization. The 

decreasing mechanical properties can only be the 

result of entrapped gas inside polymerized resin. It is 

well known that the presence of only 1 % of voids 

can reduce the mechanical properties of composites 

material by almost 25 %.  As mentioned before, due 

to the highly exothermic behavior of this epoxy, 

water molecules absorbed could have been 

transformed into vapor leading to voids and 

porosities formation.  

 

3.3 Aging of polymerized epoxy 

 

The aging procedure aimed at evaluating the 

behavior of polymerized epoxy exposed to different 

hygro-thermal conditions. 

Previous studies showed that, the cross-linking 

process at ambient temperature did not reach the 

completion even after 10 days of polymerization for 

this resin (see section 3.1). For real application, the 

behavior of cured resin in some specific 

environment becomes very important. Thus, the 

measurements were performed with a polymerized 

epoxy at a degree of cure of α = 0.8 (and Tg = 50 °C) 

which corresponds to a 10 days of cure at ambient 

conditions. 

3.3.1 Weight variations 

 
Figure 8 illustrates the polymerized resin weight 

gain (extent of water) as a function of relative 

humidity for two aging temperatures. The results 

showed an increase of weight with increasing 

relative humidity of around 2 wt%. The Figure 9 

shows the polymerised resin weight gain versus 

temperature for two values of relative humidity 

during aging. It can be seen that an increase of aging 

temperature also increased the moisture absorption. 

At high temperature, the mobility of polymer chains 

as well as the activation energy of the water 

molecule is increased. It is  therefore easier for water 

to penetrate the dense crosslinks network [8].  

3.3.2 Kinetics properties 

 
The weight variation and kinetics properties are 

gathered in Table 3. By analyzing these data, some 

conclusions can be made. 

 

First, when the epoxy adhesive was aged at ambient 

temperature (25 °C), the presence of humidity (80 

%RH versus 0 %RH) led to higher degree of cure 

(from 87.33 to 93.19 %) but the decrease of Tg was 

less significant (from 57.87 to 54.2 °C). The 

presence of water tends to increase the mobility of 

the polymer molecules and thus increases the 

plasticization effect.  This latter effect is well known 

to decrease Tg [9]. However, the chains mobility 

simultaneously creates an additional polymerization 

which tends to increase the Tg. This has been 

demonstrated by Kajorncheappunngam and Al [6]. 

In fact, when an epoxy is partially polymerized, a 

water contact induces a repolymerization caused by 

chains mobility. Therefore, the result seems to 

reduce the Tg depression. 

 

Secondly, at high temperature aging (60 ºC) without 

humidity, the degree of cure was higher (98.79 %) 

because of cure temperature approaching the 

ultimate Tg value (see Figure 2). The corresponding 

Tg followed the trend up to 85.30 °C, since it is a 

function of degree of cure. 

 

Thirdly, when samples were age at 60 ºC and 80 

%RH, degree of cure reached its highest value 

(99.34 %). This was a 1 % gain versus a 60 ºC and 0 

%RH aged sample. High temperature could thus 

slightly increase the degree of polymerization even 

when the cross-linking reaction of the polymer was 

controlled by diffusion. For the same aging 

conditions (60 ºC and 80 %RH), Tg was 75.85 °C. 

Beside the fact that it was higher than the initial 

value (50 °C), it remained lower than the measured 

Tg at 60 °C and 0 %HR. 
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It seems that increasing the relative humidity 

increased the amount of water absorbed and lowered 

the Tg. This has been demonstrated by several 

authors [6, 7, 10]. In Table 3, it can be seen that 

high temperature aging caused a greater depression 

of Tg when we compare results from 0 %RH 

conditioning with 80 %RH. This observation was 

also done by Mijovic and Al.[8] and Xiao and 

Shanahan[11]. At high temperature, it was said 

previously that polymer chains and water molecules 

are in motion and the resin tended to absorb more 

water. The mechanism possibly increased the 

plasticization and thus, decreased Tg. Moreover, the 

high temperature aging initially causes a higher 

degree of cure. There is no additional polymerisation 

generated by adding water and thus the Tg 

depression is more important and is only caused by 

the plasticization effect. 

 

To summarize, in the present study, not only a 

decrease of Tg was observed, but also an additional 

crosslinking at high relative humidity. Thus, the 

results obtained suggest that two phenomena 

occurred with water absorption. The results are in 

agreement with Zhou and Lucas [12, 13] studies in 

which it was demonstrated that the first mechanism 

consisted of water breaking hydrogen links and van 

der waals forces in resin and in fact, increased 

mobility. This created a Tg decrease [12]. The 

second mechanism depended on aging temperature 

and promoted secondary crosslinking [13]. 

 

3.3.3 Mechanical properties 

 

A decrease of the Young’s modulus by almost 20 % 

with increasing relative humidity (and thus the 

absorbed water) was observed (see Table 4).  The 

infiltration of water in the micro-voids [14-16] could 

be the cause of this decrease. The water absorption 

could also cause bubbles created by the epoxy 

additional polymerization. Voids contributed to 

facilitate the diffusion and elevated temperature 

increased molecular entropy. To summarize, even if 

the degree of cure increased with the relative 

humidity, the Young’s modulus decreased due to the 

presence of voids. 

 
4 Conclusions 

 

In the present study, the effect of relative humidity 

at ambient temperature on the polymerization of an 

epoxy adhesive was analyzed. First, it was shown 

that residual enthalpy seems to be affected by the 

polymerization of the resin in humidified 

environment. Secondly, the effect of hygro-thermal 

aging on polymerized epoxy properties was 

examined. A slight decrease of Tg was observed, 

suggesting an additional polymerization of the 

adhesive caused by the combined temperature and 

humidity conditions. Furthermore, the Young’s 

modulus decreased with the increase of relative 

humidity for the two cases studied, either by the 

presence of bubbles or by the presence of water 

entrapped in micro voids. 
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Table 1. Hygro-thermal test conditions for uncured epoxy samples. 

Polymerization 10 days 

Number of sample 
Temperature  

 (°C) 

Humidity  

(%RH) 

3 23 30 

3 23 50 

3 23 80 

3 23 100 

 

 
Table 2. Aging test conditions of cured epoxy samples. 

Aging 1 week 

Number of sample 
Temperature  

 (°C) 

Humidity 

 (%RH) 

3 25 0 

3 60 0 

3 25 80 

3 60 80 

 

 

 

 

 
Fig. 1. DSC scan of epoxy adhesive at 3 °C/min. 
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Fig. 2. Determination of Tg by MDSC. 

 

 

  

Fig. 3. Evolution of resin cure at ambient conditions (ie 23 °C). 
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Fig. 4. Evolution of resin Tg at ambient conditions (ie 23 °C). 

 

 

  

Fig. 5. Weight variation of epoxy adhesive cured under humid condition. 
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Fig. 6. Residual enthalpy of epoxy adhesive cured under humid condition.  

 

 

 

  

Fig. 7. Young’s modulus of epoxy adhesive cured under humid condition. 
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Table 3. Degree of cure and Tg measured on polymerized samples after exposure to relative humidity and 

temperature conditions. 

 

1week aging conditions Results 

Temperature 

(°C) 

Relative 

humidity 

(%) 

Average 

weight 

variation  

(%) 

Standard 

deviation 

Average α 

(%) 

Standard 

deviation 

Average Tg 

(°C) 

Standard 

deviation 

25 0 -0.21 0.02 87,3 2,9 57,9 2,1 

60 0 -0.52 0.03 98,8 0,3 85,3 2,1 

25 80 0.44 0.03 93,2 0,9 54,2 0,8 

60 80 1.41 0.04 99,3 0,2 75,9 1,7 

 

 

 

 
Fig. 8. Weight variation of polymerized sample aged under humid conditions for two aging temperatures. 
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Fig. 9. Weight variation of polymerized sample aged under temperature conditions for two values of 

relative humidity. 

 

 
Table 4 Flexural properties of polymerized epoxy adhesive after exposure to relative humidity and 

temperature conditions. 

1week aging conditions Results 

Temperature 

(°C) 

Relative humidity  

(%) 

Average Young 

modulus 

(MPa) 

Standard deviation 

25 0 2494 48 

60 0 2190 86 

25 80 2323 31 

60 80 1997 234 
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1 Introduction 
In liquid composite molding, the injected resin has 
to saturate the dry fibrous reinforcement bed within 
the mold cavity. The resin flow patterns depend on 
the infusion scheme – such as gate and vent location 
or pre-heating – and it will determine the process 
time and part quality. As the flow patterns may be 
hard to estimate, the flow modeling has been 
developed and is commonly used to verify the 
injection schemes [1-5]. Models can be also used to 
optimize the process or to deal with the process 
variability through process control [6-8]. 
The simulation process has been well refined for 
isothermal modeling. The efficiency of the 
numerical algorithms permits one to run hundreds of 
simulations in a very short time to address the 
expected variations, optimize the process and even 
introduce model based on line control [9].  
In the case of non-isothermal process – whether the 
resin reacts or not – the numerical approach is well 
established [4,10-11], but the simulation techniques 
are far less efficient. Obviously, there are cases in 
which the temperature in mold varies with location 
and may accelerate curing reaction. The resin 
viscosity may vary significantly with the 
temperature and cure state, and thus the non-
isothermal model is needed. 
To determine the temperature and cure field, heat 
transfer and cure field equations are coupled with 
the mass conservation, resulting in more complex, 
non-linear system to solve. 
Second factor to consider is that unlike the flow 
process, which is conveniently confined by the mold 

or bag, the heat transfer may be coupled with the 
heat exchange with the  mold and the environment 
which is in effect both before the filling starts and 
after it is completed as well.  
All these issues pose obvious numerical and 
implementation challenges, but the difficulty is 
compounded by fundamental questions surrounding 
the modeling of energy and reaction equations [12]. 
This paper addresses one such issue: the effects of 
heat dispersion on temperature and temperature 
dependent flow field within the porous media. 
This work will attempt to address three questions. 
First of them is how the model of heat dispersion – 
or the absence of thereof - influences the predicted 
temperature profiles. Second one is how can one 
experimentally   characterize the heat dispersion 
behavior [13]. The numerical analysis of the 
experimental process offers us valuable insight (and 
supports the opinions of our reviewers). Lastly, does 
the behavior of our filling and cure change 
significantly in our numerical simulation with and 
without the heat dispersion model. 
 
2. Heat Dispersion Evaluation 
Traditionally, the heat transfer within the liquid in 
motion is separated into conductive and convective 
parts. For flow in porous media this separation is 
blurred by the fact that the flow velocity used in 
computation is the volume averaged value. Local 
velocity deviations due to the undulating path are 
not determined, as they do not contribute to the 
global mass transfer. However, they may still 
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MODELING OF NON-ISOTHERMAL LIQUID COMPOSITE MOLDING: THE HEAT DISPERSION ISSUE 

influence the local heat transfer and temperature 
field. 
Heat dispersion can be broadly divided into two 
parts: molecular dispersion which is generated by 
the random motion of the molecules in the resin 
(negligible in this case), and hydrodynamic 
dispersion which is due to the resin flow path 
through the complex shape of the pore space in the 
media at the microscopic level [14]. 
 

 
Figure 1: Experimental setup and schematics to 

determine heat dispersion. 
 
 
The inclusion of heat dispersion in heat transfer 
model is accomplished through augmentation of 
effective thermal conductivity by a term dependent 
on (a) volume averaged resin flow velocity and (b) 
material properties and preform architecture [12]. 
Usually, only a rough estimate for the magnitude of 
this term is available and only for some components 
(this is a second order tensor). 
We have previously established a method and 

experimental setup to determine the relation between 
volume averaged flow velocity and heat dispersion 
for a given fabric reinforcement. There are also 
several available approximations of the dispersion 
coefficients. However, in practical computation the 
coefficients are often neglected. 
In this paper we will model the flow/temperature 
field in two ways (i) heat dispersion will be 
neglected and only the conductive heat transfer with 
conductivity keef  based on rule of mixtures will be 
considered and (ii) the effect of heat dispersion in 
the transverse direction will be included in the 
conductive term in the thickness direction. This heat 
dispersion term is given by the experimental 
results[] 
 

Kzz/keff = 1.6219*Pe0.5215 +1 (1) 
 
where the Peclet number Pe is defined as 
  

Pe=(〈u〉 dp)/(2αr (1-vf)) (2) 
 
 using Darcy velocity <u>, fiber diameter dp, fiber 
volume fraction vf and thermal diffusivity of fluid αr. 
Note that if the velocity field is non-uniform, this 
coefficient will  change with location.                 
 
3. Non-Isothermal Flow Modeling 
 
The filling flow simulation for non-isothermal, 
reacting resin liquid composite molding is readily 
available, both commercially and through some 
research packages. Our analysis is carried with the 
simulation we developed called LIMS (Liquid 
Injection Molding Simulation). As shown in Figure 
2, LIMS can model non-isothermal infusion, both in 
two- and three-dimensions.The access to LIMS 
source code allows us to adjust the constitutive 
equations for both the resin and the porous media. 
This allows us to implement or disable heat 
dispersion phenomenon and study the effect of the 
model on the final results and the simulation 
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accuracy. 
 

Figure 2:Non-isothermal infusion into a cored panel. 
 
Note that variable temperature field may have a 
profound impact on resin viscosity, and, 
consequently, on the flow field and filling times 
itself.  
 
4. Numerical  Implementation 
Non-isothermal version of LIMS uses sequential 
solutions for flow, temperature and reaction. First, 
the pressure field is computed based on the current 
temperature field and flow advancement.  
Then, new temperature is solved using finite element 
spatial discretization and implicit time-domain finite 
difference scheme. Next, the same approach is used 
to solve for new conversion (cure) if that is 
necessary. These steps are repeated at each time 
step. While this approach has the obvious advantage 
in limiting the problem size and offers some 
flexibility for adding cure models, several issues 
arise.  
Most importantly, at the flow-front the temperature 
of control volumes being filled does not reflect the 
heat inertia of resin flowing into this volume. To 
alleviate the energy loss (or gain) rule of mixtures is 
applied at the flow-front to modify the temperature 
of freshly filled domain(s). 
The second challenge that was addressed stemmed 

from the need to evaluate the temperature before the 
filling starts and after the filling is completed and 
resin is allowed to continuously bleed out. As the 
CV/FEM approach computes time step based on 
filling a control volume, new algorithms were added 
to handle such a situation and provide reasonable 
time advancement even after the filling was 
completed. This, in turns would require one to 
handle thermal (and possibly cure) boundary 
condition at vent location, as the default (insulated) 
is not physical since energy is lost with outflow of 
resin.  
Solution for this issue was found by generating an 
automatic heat flux boundary condition based on 
outflow, though this approach remains under 
investigation. 
 
5. The Modeled Experiment 
 
As stated above, one of the reasons for this work has 
been the analysis of an existing experimental 
technique. This consists of a preform placed in an 
insulated mold and infused by simulated resin, 
glycerin. The mold is heated by electric blanket from 
below. Temperature field is measured in time and 
dispersion coefficient is fitted to provide the best 
approximation of the temperature field [13]. 
 

 
Figure 3: Model of experimental infusion: dimensions 

and boundary conditions. 
 

The dimensions of the mold cavity are 0.711 m in 
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length, 0.3048 m in width and thickness of 0.008 m. 
While the experiment has been run with two fabrics 
at different fiber volume fractions, for modeling we 
use only glass fabric with fiber volume fraction of 
0.5 and permeability of 5.0x10-11 in-plane and 
2.85x10-12 through-the thickness. The heat transfer 
coefficient of 6.29W/m2K is prescribed on the upper 
surface. The bottom surface is set to constant 
temperature of 350 K, as the constant heat flux used 
in actual experiment proved to small to obtain 
reasonable temperature gradients within the part for 
some process settings. Note that we applied these 
values directly to the preform, not through an 
aluminum plate as in the experiment [13]. The 
thermal properties of glass and glycerin are provided 
in Table 1 [13]: 
 

Property Units E-Glass  Glycerin 

Density (ρ) kg/m3 2560 1241 

Heat Capacity 
(Cp) 

J/kg.K 670 2512.7 

Thermal 
Conductivity (k) 

W/m.K 0.417 0.295 

 
Figure 4: Viscosity of glycerin as a function of  
temperature. 
 
Finally, while there is no reaction, glycerin viscosity 
changes significantly with temperature as shown in 
Figure 4 and the tabular values from [15] were 
implemented as a viscosity model using 

interpolation in lookup table. The transverse heat 
dispersion coefficient was used as described by 
Equation (1) or switched off  to quantify the effect 
of this term  on the behavior. The reinforcement 
dimension dp (Eq. (2))  was set to 0.140 mm as this 
value was used experimentally when Eq. (1) was 
obtained. If dispersion is off, the effective 
conductivity was computed entirely from the rule of 
mixtures. 
Compared to the experiment and its numerical 
processing, the aluminum plates on top and bottom 
are not actually modeled, instead the boundary 
conditions are applied directly to the preform. 
However, the model can include the temperature 
dependent viscosity and takes into account the filling 
stage as well as the temperature field before the resin 
arrives. This proves very important, as the room 
temperature viscosity of glycerin is much higher and 
hence the filling takes much longer to fill. The 
results below (Figure 5) show filling patterns for  
injection pressure of 4 atm. The filling process still 
would take about 10 minutes. At this flow rate the 
heating of resin is not very high as the steady state 
temperature field below clearly demonstrates.  
 

Figure 5: Filling patterns for experiment with infusion 
pressure of 4 atm. Dispersion is modeled by Eq. (1). 

 

0 20 40 60 80 100 120 140 160 180
0

2000
4000
6000
8000

10000
12000
14000

Temperature [C]

V
is

co
si

ty
[c

P
]

ICCM19 415



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 
 

 

5  

 
Figure 6: Temperature with heat dispersion (after 

2000 s)  with injection pressure of 4 atm.. 
 
For further analysis, two dimensional cross section 
models were used as they provide faster 
computation. Three-dimensional results clearly 
demonstrate – as a simple analysis would tell you - 
that the problem is actually two-dimensional only.  
The effects of meshing and convergence were only 
briefly investigated. The domain simplicity allows 
one to mesh it rather roughly, with 781 degrees of 
freedom. The refined meshes of 2961 and 6541 
degrees of freedom were also tested. The flow 
patterns obtained by the 781 degree of freedom 
mesh, 2961 DOF mesh and 6541 DOF mesh are 
shown below in Figure 7.The convergence of fill 
time is fairly slow. The change between the coarse 
and medium mesh tops 10%. To optimize the 
simulation times and obtain reasonable results, the 
medium mesh was utilized in the further studies. 
 

 
 
Figure 7: Flow patterns obtained for glycerin injected 
at 4 atm with 781, 2961 and 6541 degrees of freedom. 
 
  
5. Results and Discussion 
The influence of heat dispersion in a particular case 
is coupled with flow velocity which is in turn 
coupled through viscosity to temperature and, 
finally, to heat dispersion. It cannot be simply 
factored out from the equations, even for this 
problem. However, intuitively it should not be 
significant for low flow rates (as it varies 
proportionally with velocity). On the other hand, for 
high flow velocity the dispersion grows slower than 
the convective term (Eq. (1)) and one might expect 
the temperature profile to be convection-dominated. 
Whether - and where - the dispersion coefficient is 
important in the mid-range remains to be seen.  
As we are most interested in the influence of heat 
dispersion on flow patterns and fill-time, we will 
map the relation between fill-time, injection pressure 
and the extent of resin viscosity dependence on 
temperature. To modify the later, we use a simple 
exponential model for viscosity: 
 
 η=η0.e-b(T-T0) (3) 
 
As the temperature range within our numerical 
experiment is limited to 293 to 350 K, we can 
describe the viscosity variation by a simple ratio of 
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maximal and minimal viscosity a=ηmax/ηmin. Note 
that ηmax is always set to 1 Pa.s in computations. 
This allows us to plot the fill time as a function of 
injection pressure (relative to atmospheric pressure) 
and the viscosity ratio. 
To compare the effect of dispersion on the 
temperature distribution, we will compare the 
temperature contour plots with and without 
dispersion. For all the results, we plot the steady 
state temperature field. 
For constant viscosity, the flow patterns do not 
change with temperature and with dispersion model, 
although the temperature field does change with 
dispersion. The fill time dependence on inlet 
pressure is straightforward (Figures 8 and 9). 
 

Figure 8: Top two show the filling patterns and the 
temperature field that exclude dispersion (top)  while 
the bottom two include the dispersion term Injection 
Pressure= 1 atm. a=1 (No viscosity dependence on 
temperature) 
 
While the temperature change on upper surface is 
visible in contour plot, it is actually only on the 
order of 1 C for 1 atm injection pressure and 3 C for 
the 10 atm injection pressure with a temperature 

range of 57 C, i.e., 2 and 6% respectively. This 
makes the effect of dispersion measurable but not 
very significant. 
 

 
Figure 9:  
Top two show the filling patterns and the temperature 
field that exclude dispersion (top)  while the bottom 
two include the dispersion term Injection Pressure= 10 
atm. a=1 (No viscosity dependence on temperature) 
 
 
When the resin viscosity depends on temperature, 
the flow and temperature field becomes coupled. 
Consequently, the presence of heat dispersion 
influences the flow/fill patterns and fill time. 
Intuitively, this will be more significant as the 
viscosity becomes more dependent on temperature. 
For the case of 5 atm injection pressure and viscosity 
changing by a factor of 2 (Figure 10), the fill time 
changes from 2905 s without dispersion model to 
2788 s with it – about 4%. The temperature shift is, 
again, only a few degrees C and the flow patterns 
show no discernible change (Figure 10). 
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Figure 10: Filling patterns and temperature field 

excluding dispersion (top) and  including dispersion 
term (bottom): Injection Pressure= 5 atm. a=2 (At 350 

K the viscosity is half of that at 293 K). 
 

 

Figure 11: Filling patterns and temperature field 
excluding dispersion (top) and  including dispersion 

term (bottom): Injection Pressure= 5 atm. a=5 (At 350 
K the viscosity is one fifth of that at 293 K). 

As the viscosity temperature dependence increases, 
the change in fill time with and without dispersion 
becomes noticeable. For viscosity range of 5 
(viscosity decreases five-fold in the range 293 to 350 
K), the presence of dispersion in model  will reduce 
the fill time from 1545 s to 1343 s (13 %) as shown 
in Figure 11, and for viscosity range of 10 (Figure 
12) it will change from 1040 s to 814 s (21%) 
 

 

Figure 12: Filling patterns and temperature field 
excluding dispersion (top) and  including dispersion 
term (bottom): Injection Pressure= 5 atm. a=10 (At 

350 K the viscosity is one fifth of that at 293 K). 
 
In the latter case, the temperature difference at top 
plate will slightly increase, but the flow patterns still 
do not change significantly. 
The most significant difference between solutions 
obviously occurs for highest viscosity dependence 
and highest injection pressure (and consequently 
flow velocity and Pe). In our set that case is one 
with injection pressure 10 atm and viscosity range of 
10 (Figure 13). The fill time decreases by 28 %, the 
temperature at the top plate changes by about 6 K 
and the resin heating region is visibly reduced 
(Figure 13). The flow patterns are still not visibly 
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changed. 
 

 

Figure 13: Filling patterns and temperature field 
excluding dispersion (top) and  including dispersion 
term (bottom): Injection Pressure=10 atm. a=10 (At 

350 K the viscosity is one fifth of that at 293 K). 
 
The effect of dispersion factor on filling time can be 
easily tabulated and charted as a function of 
changing viscosity due to the temperature 
dependence and the injection pressure. The latter 
maps directly to flow velocity or Pe but it can vary 
locally as the viscosity depends on temperature, 
therefore the curves were plotted as a function of 
applied pressure (Figure 14). Throughout the 
examined range, the influence of dispersion 
increases fairly uniformly with inlet pressure/ fluid 
velocity and viscosity dependence on temperature. 
The Peclet number (Eq. 2) in chart legend is 
computed using “nominal” flow velocity (Eq. 4), as 
the number used to compute the actual dispersion 
varies locally with the flow velocity. 
 
〈u〉= (pin*K)/(L*ηmax) (4) 
 
Note that for realistic range of values there is no 
decrease of dispersion effects because of 

“convection” dominated problem – for that one 
would need much larger flow velocity. 

Figure 14: The change of filling time caused by the 
inclusion of dispersion term. Peclet numbers are 

computed using “nominal” flow velocity (Eq. (4)) and 
fiber tow size of 0.14 mm. 

 
 
6. Conclusions 
As far as the influence of heat dispersion coefficient 
on processing is concerned, the results suggests that, 
heat dispersion has relatively small effect on the 
temperature profile and virtually none on the filling 
flow patterns, even in cases when the change of 
filling time is significant. 
For infusion modeling, the filling time and flow 
patterns are most important. There was no recorded 
effect on flow patterns in this study. The effect of 
dispersion model on filling time is small to 
moderate. The time reduction due to proper 
dispersion modeling may be of the order of 20-30%, 
similar to the order in the experimental error when 
measuring preform permeability. This suggests that 
the effect should be modeled, but, on the other hand, 
high fidelity description of this phenomenon is not 
extremely important.  
The effects grow with Peclet number – though the 
values in Figure 14 are only for orientation – and 
with stronger dependence of viscosity on 
temperature within the expected range. For fluids 
with limited variation of viscosity within the 
expected temperature range the dispersion effect  is 
insignificant. Similarly, for low Peclet numbers it is 
not important, but that is directly obvious from Eq. 
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(1).The results have some implications for 
experimental determination of the heat dispersion, as 
outlined above (Figure 1). The experimental analysis 
to determine heat dispersion coefficient depends on 
measuring and matching the temperature profile. 
The effect is limited, but still, the expected changes 
of temperature should be easily measurable. The 
temperature effect may be magnified by a selection 
of experimental fluid with large dependence of 
viscosity on temperature. In the case of glycerin, the 
viscosity range is actually larger than ten.  
On the other hand, such a selection of experimental 
fluid requires a careful analysis of flow field within 
the preform as it may become strongly non-uniform. 
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1 Introduction 

An artificial neural network (ANN) is a modeling 

approach to non-linear function approximation based 

on “artificial intelligence”. This technique is very 

useful in modeling phenomena that are not easily 

modeled analytically [1]. ANNs consist of a host of 

simple processors (neurons) that are interconnected 

in an organized architecture and are associated with 

a learning algorithm that resembles a biological 

process [1]. There are numeric values associated 

with the interconnections of the simple processors 

that are adjusted over time to emulate learning. The 

weights associated with the interconnections (a 

measure of the strength of the connections) encode 

knowledge about the problem domain. The 

architectures (neurons and their interconnections) 

provide a computational structure for simulating a 

biological neural network [2]. 

Learning in an ANN can occur in either a supervised 

or an unsupervised fashion [1]. A supervised 

approach uses a learning algorithm that creates an 

input/output mapping based on a labeled training set; 

thus, creating a mapping between an n-dimensional 

input space and m-dimensional output space. In this 

case, the network will learn a functional 

approximation from the input/output pairings and 

will have the ability to recognize or classify a new 

input vector into a correct output vector. On the 

other hand, an unsupervised learning architecture 

presents the network with only a set of unlabeled 

input vectors from which it must learn. In other 

words, the unsupervised ANN is expected to 

discover new knowledge as it characterizes the input 

vectors and produces outputs corresponding to 

learned patterns. 

The use of the ANN techniques in the context of 

materials science and engineering is considered an 

important extension of materials informatics [3-6]. 

This interdisciplinary study integrates computer 

science, information science, and other domain areas 

to provide new understanding and to facilitate 

knowledge discovery. Materials informatics is a tool 

for material scientists to interpret their acquired 

experimental data through the use of ANNs and 

machine learning approaches, integrated with new 

visualization schemes, more human-like interactions 

with the data, and guided by domain experts. It can 

also accelerate the research process and guide the 

development of new materials with desired 

engineering properties. Materials informatics is 

being fueled by the new and dynamic growth in 

information technology and is driving the interest in 

ANNs, data mining, machine learning, information 

retrieval, and other knowledge representation or 

discovery schemes in the engineering disciplines [7]. 

There are several recent published applications 

utilizing materials informatics and ANNs. Yassar, et 

al. [8] developed a novel computational model based 

on dislocation structures to predict the flow stress 

response of 6022 aluminum alloy. An ANN model 

was used to back-calculate the in-situ non-linear 

material parameters and flow stress for different 

dislocation microstructures [8]. Guessasma and 

Coddet [9] characterized the microstructural features 

of alumina-13 wt.% titania coating obtained under 

various atmospheric plasma spray (APS) conditions 

by implementing ANNs, which were detailed in the 

case of APS process parameters. These parameters 

were related to alumina, titania, porosity and 

unmolten particle contents. Yoshitake, et al. [10] 

used an ANN to model the changes in lattice phases 

as a function of their chemical composition and 

temperature. Reasonable phase predictions were 

made for several alloys, which agreed with X-ray 

measurements. The variation of the lattice constant 

with the concentration of individual alloying 

elements and temperature could be embodied into 

other computer programs, which deal with the 

partitioning of solutes between the different phases. 

Hu, et al. [11] used materials informatics to resolve 

the problem of materials science image data sharing. 

They presented an ontology-based approach that can 
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be used to develop annotation for non-structured 

materials science data with the aid of semantic web 

technologies. Sabin, et al. [12] evaluated an 

alternative statistical Gaussian process model, which 

infers a probability distribution over all of the 

training data and then interpolates to make 

predictions of microstructure evolution arising from 

static recrystallization in a non-uniform strain field. 

Strain, temperature, and annealing time were the 

inputs of the model and the mean logarithm of grain 

size was its output. 

A class of advanced engineering materials, i.e., 

nano-enhanced polymer composites and polymer 

nanocomposites [13], has progressively emerged as 

candidates for light-weight high-performance 

automotive composite structural parts. In these 

applications, improved specific properties and 

energy absorption characteristics are sought and 

polymer composites meet these requirements [14]. 

The scope of this study is to apply the ANN 

technique as a knowledge discovery tool on a 

commercially viable thermosetting polymer 

nanocomposite material system, i.e., vapor-grown 

carbon nanofiber (VGCNF)/vinyl ester (VE) 

nanocomposites. VGCNFs are commercially 

available nanoreinforcements with first-rated 

mechanical properties [19]. VEs are thermosetting 

resins suitable for automotive structural composites 

due to their superior properties in comparison with 

unsaturated polyesters [16-18, 20, 21]. Incorporating 

VGCNFs into VEs provides improved mechanical 

properties relative to the neat VE matrix. Nouranian, 

et al. [15-17] and Torres, et al. [18] have developed 

a relatively large mechanical property dataset for 

this material system that are suitable for the ANN 

analysis. This study seeks to use this dataset to 

demonstrate the usefulness of knowledge discovery 

and ANN techniques for nanocomposite material 

property characterization. In this case, ANNs and 

knowledge discovery techniques help model and 

predict the viscoelastic responses (storage and loss 

moduli) and tan delta (ratio of loss to storage 

modulus) of VGCNF/VE nanocomposites, thereby 

aiding the nanocomposite design and 

characterization. 

An ANN model was used to explore the 

VGCNF/VE dataset discussed above [15]. The 

dataset consisted of 240 data points, each 

corresponding to the combinations of the levels 

associated with five input design factors and three 

output responses, i.e., a total of eight “dimensions.” 

The dimensions are the combinations of both inputs 

and outputs of the developed ANN model. For the 

VGCNF/VE dataset, the dimensions are five 

formulation and processing factors, i.e., VGCNF 

type, use or absence of dispersing agent, mixing 

method, VGCNF weight fraction, and temperature, 

and three responses, i.e., storage modulus, loss 

modulus, and tan delta. The last three dimensions 

correspond to measured material properties that 

were also successfully predicted using the ANN 

resubstitution and ANN 3-folds cross validation 

techniques. 

 

2 Materials and Methods 

A brief summary of the statistical experimental 

design utilized by Nouranian, et al. [17] in 

generating the VGFCNF/VE dataset is given here. A 

more detailed discussion on the specific materials 

formulations and specimen preparation steps as well 

as testing procedures can be found in [15-17]. 

 

2.1 Statistical design of experiments 

Five input design factors, i.e., VGCNF type 

(designated as A), use or absence of a dispersing 

agent (B), mixing method (C), VGCNF weight 

fraction (D), and temperature (E) (Table 1) were 

incorporated in a general mixed-level full factorial 

design [22] with storage modulus, loss modulus, and 

tan delta as the viscoelastic responses. The resulting 

22354=240 “treatment combinations” 

(different combinations of the factor levels) were 

randomized before experimentation to eliminate bias 

in preparing the specimens. Dynamic mechanical 

analysis (DMA) was used to measure the 

viscoelastic responses. Each treatment combination 

resulted in three specimens for testing and the 

average value of the three test results was calculated 

for each response [16, 17]. Note that the storage and 

loss modulus are indicative of the nanocomposite’s 

stiffness and energy dissipation capability, 

respectively. The average storage and loss moduli 

for each of the 240 treatment combinations are given 

in [15]. 
 

3 Theory/Calculation 

As mentioned in Section 2, this study incorporates 

five input design factors, i.e. factors A, B, C, D, and 

E and three output responses, i.e., storage modulus, 

loss modulus, and tan delta in the ANN. Therefore, 

the dataset represents an eight-dimensional (8-D) 

case for analysis. Since factors A, B, and C are 

considered qualitative factors, they are represented 

by a numeric code for analysis purposes. For two-

level factors A and B, 0 and 1 are the coded values 
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for the first and second levels, respectively. For the 

three-level factor C, -1, 0, and 1 are the coded values 

for the first, second, and third levels, respectively. 

Factors D and E are considered quantitative, so their 

values can be used directly in the analysis (Table 1). 

However, all the quantitative values were 

normalized using standardized scores. 

ANN resubstitution and ANN 3-folds cross 

validation techniques were used with the 240 

treatment combination dataset to predict and model 

the three output responses of the nanocomposite 

data. This is particularly helpful in the case that the 

inputs of the VGCNF/VE system are known a 

priori, but not the outputs. Thus, using the 

developed ANN model, there is no need to conduct 

the experiments needed to analytically estimate 

these responses.  

Before applying these techniques, a brief 

explanation of the ANN resubstitution and cross 

validation techniques are introduced. 
 

Table 1. The experimental design factors and their levels [15, 17]. 

Factor 

designation 
Factors 

Level 

1 2 3 4 5 

A VGCNF type Pristine Oxidized - - - 

B Use of dispersing agent Yes No - - - 

C Mixing method US
a
 HS

b
 HS/US - - 

D 
VGCNF weight fraction 

(phr
c
) 

0.00 0.25 0.50 0.75 1.00 

E Temperature (
o
C) 30

o
C 60

o
C 90

o
C 120

o
C - 

a
 Ultrasonication 

b
 High-shear mixing 

c
 Parts per hundred parts of resin 

 

3.1 ANN resubstitution method 

In the ANN resubstitution method [23], the whole 

dataset is used to train the ANN and the same 

dataset is used for testing (validation). This ensures 

that the designed ANN model generalizes well for 

the unseen data samples, when a combination of 

inputs is applied to the ANN and the outputs 

(responses) are not explicitly known. This method is 

computationally efficient. Good generalization is 

achieved when the mean squared error (MSE) 

between the actual responses of the ANN model and 

the desired (targeted) responses is minimal [23]. 

The MSE is defined as: 
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where N: is the total number of samples, 

           ti: is the targeted response, and 

          ai: is the actual ANN response 

 

Although several network architectures and training 

algorithms are available, the feedforward neural 

network (FFNN) trained by the back-propagation 

(BP) algorithm is the most commonly used one and 

we have utilized it in this study. A FFNN is a 

layered network of artificially processing units, 

called neurons, in which connections between 

neurons are associated with weights that represent 

the strength of the connections [1]. It includes an 

input layer, with one neuron corresponding to each 

of the inputs used in the model, and an output layer, 

with a single neuron corresponding to each output 

variable (response). The network also includes one 

or more ‘‘hidden” layer(s) of neurons. Because each 

neuron in the hidden layer is associated with an 

activation function (sigmoidal function in this 

study), the hidden layer(s) allow(s) a non-linear 

mapping from the values of the input variables to the 

value of the output variable [1]. 

A FFNN network is trained using a dataset of related 

input-output examples to estimate a non-linear 

relationship between the input variables and the 

output variable(s). Upon presenting the training 

samples to the network, the weighted connections 

between neurons are adjusted by BP to decrease the 

MSE between the network’s output and the targeted 

output. The process is repeated until the MSE has 

been reduced as much as possible [24]. 

 

3.2 Cross validation technique 

Cross validation (CV) is a technique that can be used 

to better train the neural network with the available 

samples in the dataset. First, the available dataset is 

randomly partitioned into a training set and a test 

set. The training samples are further partitioned into 

two disjoint subsets: 1) the estimation subset, which 

is used to select the ANN model and determine the 

interconnection weights, and 2) the validation 
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subset, which is used to test or validate the 

developed ANN model [25]. 

The motivation to use the CV technique is to 

validate the model on a dataset different from the 

one used for parameter estimation. In this way, the 

training samples can be used to assess the 

performance of various candidate ANN models and 

thus the “best” one can be chosen [25]. There are 

four different CV methods and the following is a 

brief explanation of each of these methods [24]. 

 

1) Holdout: If a random number ]1,0[r , then   

(1- r)N samples are allotted to the estimation subset, 

and the remaining rN samples for validation, where 

N is the total number of samples. This method is 

computationally expensive and the final ANN model 

is the one yielding the minimum validation error.  

When the complexity of the target function (input-

output mapping) is small compared to the sample 

size N, the validation performance is relatively 

insensitive to the choice of r, whereas when the 

target function becomes more complex relative to 

the sample size N, the choice of r has a more 

pronounced effect on cross-validation performance. 

However, a single fixed value of r (e.g., 0.2) works 

nearly optimally for a wide range of target-function 

complexity. 

 

2) Early-stopping method of training: With good 

generalization as the goal, the training can be 

stopped earlier before the learning error becomes too 

low. The best point to stop training can be 

determined by the periodic “estimation-followed-by-

validation” process as shown in Figure 1. After some 

periods of training, say five epochs, the ANN 

weights are fixed and the validation error is then 

measured. When the validation phase is completed, 

the training is resumed for another epoch(s). Finally, 

when the validation error starts to increase, it is the 

point to terminate the training process and finalize 

the weights, even if the error for the training samples 

continues to decrease. 

 
3) Multifold: The disadvantage of holdout method is 

that not all samples are used for validation. Instead, 

in multifold validation, the N samples are divided 

into K subsets. Each time, one subset is used for 

validation and the remaining K-1 subsets for 

training. The process is continued until each subset 

is used for validation once. In this study, 3-folds 

cross validation was implemented and the 

performance was assessed by averaging the 

validation error over all the trials. In Figure 2, an 

illustration of a 4-fold cross validation is shown. 

 
Figure 1. Illustration of the early-stopping rule 

based on cross validation. 

 

 
 

Figure 2. Illustration of the multifold method of cross 

validation. For a given trial, the subset of shaded data is 

used to validate the model and the remaining data is used 

to train the model. 
 

4) Leave-one-out: When the available number of 

samples, N, is severely limited, an extreme form of 

multifold validation known as leave-one-out 

validation can be used. In each trial, N-1 samples are 

used for training and the one left out can be used for 

testing. The process is repeated N times until each 

sample is used for validation exactly once. 

 

4 Results and discussion 

Following the standard practice of the ANN 

analysis, the inputs were normalized using 

standardized scores, as their original value ranges 

were completely different from each other. This 

allowed the sigmoid functions to perform better. At 

the same time, the outputs were de-normalized. 

Because back-propagation is a gradient descent 

algorithm that can converge to a local optimum, the 

ANN model was trained six times with different 

initial weights (set randomly), and the best results 

are reported here. 

ICCM19 424



5  

The overall ANN architecture is shown in Figure 3. 

This structure was used when both the resubstitution 

and the 3-folds CV techniques were implemented. 

 
Figure 3. The architecture of ANN used in this study. 

Five neurons were used in the input layer; each for one 

input and three neurons were used in the output layer; 

each for one response. There is one hidden layer with ten 

neurons. 

 

There are three layers utilized in this ANN 

architecture (Figure 3). The input layer consists of 

five neurons and each neuron carries one of the 

inputs used in this study (VGCNF type, use of a 

dispersing agent, mixing method, VGCNF weight 

fraction, and testing temperature). There is one 

hidden layer consisting of ten neurons. The hidden 

layer connects the input layer with the output layer 

via activation functions from input-hidden and from 

hidden-output. The output layer consists of three 

neurons, each for one of the responses used in this 

study (storage modulus, loss moduli, and tan delta). 

First, the ANN was trained using the resubstitution 

method, where all the 240 VGCNF/VE samples 

were used for training and testing. The ANN 

implementation details are illustrated in Table 2. 

 
Table 2. Implementation details of the BPANN applied to 

the VGCNF/VE dataset using the resubstitution method. 

Number of input neurons 5 

Number of output neurons 3 

Number of hidden layers 1 

Number of neurons in the hidden layer 10 

Mean Square Error (MSE) 0.0015 

Learning rate 0.001 

Input-hidden activation function Sigmoidal 

Hidden-output activation function Sigmoidal 

Number of epochs 23 

 

Each input in the VGCNF/VE dataset (VGCNF 

type, use of a dispersing agent, mixing method, 

VGCNF weight fraction and testing temperature) is 

associated with one input neuron in the input layer 

and each response (storage modulus, loss modulus, 

and tan delta) is associated with one output neuron 

in the output layer. Thus, the ANN architecture has 

five input neurons and three output neurons. The 

performance curve of the ANN implementation 

using the resubstitution method is shown in Figure 4. 

 

 
Figure 4. The performance curve of back-propagation 

ANN (BPANN) using the resubstitution method. The 

MSE gradually decreases with the increasing number of 

epochs and the best performance (lowest MSE) is 

achieved after running 23 epochs. 
 

After the resubstitution method, the 3-folds CV 

technique was applied on the VGCNF/VE dataset. 

Since the total number of samples was 240 and three 

different trials were implemented, the size of the 

training and test sets in each trial were 160 and 80 

samples, respectively. Each trial had different 

training and test samples than those of the other 

trials. This led to a more efficient training and 

testing of the ANN model and, therefore, the best 

performance and network structure was obtained. 

Similar to the ANN implementation using the 

resubstitution method, in 3-folds cross validation 

implementation, five neurons were used in the input 

layer (each VGCNF/VE input with one neuron) and 

three neurons in the output layer (each VGCNF/VE 

response with one neuron). The learning rate was 

0.001 and the activation function implemented 

between the input-hidden and hidden-output layer 

was the sigmoidal function. There was one hidden 

layer with ten neurons. 

The performance curve of the ANN implementation 

using the first fold of the 3-folds cross validation 

technique is shown in Figure 5. 
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Figure 5. The performance curve using the data samples 

of the first fold when 3-folds cross validation technique 

was applied. The performance of the training set is 

slightly better than that of the test set and the best 

performance was achieved at epoch 8 when the MSE 

reached about 0.0028 mark. 

 

As evident in Figure 5, the performance of both test 

(validation) and training sets were very close, even 

though the training set behaved better up to epoch 

10. After that, the MSE of the training set began to 

increase and was equal to the MSE of the test set at 

epochs 12-14. The best performance of the ANN 

model using the first fold was achieved at epoch 8, 

when the MSE was minimal at about 0.0028. 

The performance curve of the ANN implementation 

using the second fold of the 3-folds cross validation 

technique is shown in Figure 6. 

The performance curves were almost steady for both 

training and test sets (Figure 6). However, the 

training set behaved better than the test set compared 

to the training and test sets in the first fold. The best 

performance of the ANN model using the second 

fold was achieved at epoch 17, when the MSE was 

minimal at about 0.0029. After that, the MSE tended 

to slightly increase and remained constant up to 

epoch 23. 

The performance curve of the ANN implementation 

using the third fold of the 3-folds cross validation 

technique is shown in Figure 7. In this figure, the 

total number of epochs needed for the ANN model 

to converge was 25 epochs and the MSE was 

minimal at epoch 21. The performance of both the 

training and test sets was nearly the same at the 

beginning, but later it was slightly better for the 

training set than for the test set. However, both 

curves remained almost steady after running seven 

epochs of the analysis. 

 
Figure 6. The performance curve using the data samples 

of the second fold when 3-folds cross validation technique 

was applied. The performance of the training set is 

slightly better than that of the test set and the best 

performance was achieved at epoch 17 when the MSE 

reached about 0.0029 mark. 

 

 
Fig. 7. The performance curve using the data samples of 

the third fold when 3-folds cross validation technique was 

applied. The performance of the training set is slightly 

better than that of the test set and the best performance 

was achieved at epoch 21 when the MSE reached about 

0.0030 mark. 
 

The number of epochs needed for the ANN model to 

converge was higher in the case where the 

resubstitution method was implemented. This is due 

to the fact that the number of training and test 

samples was higher than those of the 3-folds cross 

validation technique. However, this came at the 

expense of a lower MSE at 0.0015 using the 

resubstitution method, whereas the average MSE of 

all folds in the case where the 3-folds cross 
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validation technique was implemented was higher at 

about 0.0029. 

 

5 Application to Materials Informatics 

The results and analyses shown in section 4 validate 

that all of the five input design factors and the three 

responses form a good combination to design a 

VGCNF/VE material system. This observation can 

be proved by the small value of MSE obtained 

through the analysis as well as the relatively few 

number of epochs (an average of 17.25 epochs) 

required in order for the ANN to converge (i.e. to 

achieve the minimal MSE). However, when tan delta 

response was excluded from the analysis, the MSE 

started to increase (about 0.02). In addition, when 

the testing temperature was removed as an input 

design factor, the MSE started to significantly 

increase (about 0.24). At the same time, the number 

of epochs required for the ANN to converge was 

much higher (about 1000 epochs). On the other 

hand, when the VGCNF weight fraction was 

excluded as a design factor, the average MSE 

increased, but not as much as when the testing 

temperature was excluded. 

These observations confirm that the testing 

temperature is the most dominant feature in the input 

design factors followed by VGCNF weight fraction. 

Tan delta is also very important as a response. 

However, all other input design factors had 

exhibited less sensitivity, as their impacts on the 

responses were much less than the testing 

temperature and the VGCNF weight fraction. The 

findings in this study confirm previous findings by 

Nouranian, et al. [17], where a response surface 

modeling approach was utilized to optimize the 

VGCNF/VE nanocomposite material system. 

 

6 Summary and Conclusions 

Artificial Neural Network (ANN) technique was 

applied to a vapor-grown carbon nanofiber 

(VGCNF)/vinyl ester (VE) nanocomposite dataset as 

a proof of concept for materials informatics. This 

dataset had previously been generated by a full 

factorial experimental design with 240 different 

design points. Each treatment combination in the 

design consisted of eight feature dimensions 

corresponding to the design factors, i.e., VGCNF 

type, use of a dispersing agent, mixing method, 

VGCNF weight fraction, and testing temperature as 

the inputs and storage modulus, loss modulus, and 

tan delta as the outputs. The ANN was trained using 

the resubstitution method and the 3-folds cross 

validation (CV) technique to provide a predictive 

model for these responses when the inputs are fed to 

the ANN. The ANN was able to predict/model these 

responses with minimal mean square error (MSE) 

using both techniques. However, the MSE error was 

relatively lower in case of resubstitution method. 

This is due to the fact that more samples were used 

for training and testing when the resubstitution 

method was implemented. In the 3-folds CV 

technique, the dataset was split into two subsets: one 

for training and one for testing (validation), so the 

number of samples used for training and testing was 

lower. This came at the expense of more converging 

time (23 epochs) needed for the ANN when the 

resubstitution method was implemented. 

The ANN applied here demonstrates the usefulness 

of data mining and knowledge discovery techniques 

in materials science and engineering. Specifically, 

the analysis of the dataset associated with a 

VGCNF/VE nanocomposite material system serves 

as proof of concept. It is expected that more 

knowledge discovery and data mining techniques 

will be employed within the rising field of materials 

informatics in near future. 

 

Acknowledgments 

The authors thank the Center for Advanced 

Vehicular Systems (CAVS) for supporting this 

research. 

 

References 

[1] R. L. King, A. Rosenberger, L. Kanda “Artificial 

neural networks and three-dimensional digital 

morphology: a pilot study,” Folia Primatologica 

Journal, Vol. 76, pp. 303-324, 2005. 

[2] T. Kohonen “Self-organization and associative 

memory,” 3
rd

 edition. Springer-Verlag, New York, 

1989. 

[3] K. Rajan “Materials informatics,” Materials Today. 

Vol. 8, pp. 38-45, 2005. 

[4] K. F. Ferris, L. M. Peurrung, J. M. Marder  

“Materials  informatics: Fast track to new materials,” 

Advanced Materials and Processes, Vol. 165, pp. 50-

51, 2007. 

[5] C. Suh, K. Rajan, B. M. Vogel, B. Narasimhan, S. K. 

Mallapragada “Informatics methods for 

combinatorial materials science,” Combinatorial 

Materials Science, Vol. 5, pp. 109-119, 2006. 

[6] Q. Song “A preliminary investigation on materials 

informatics,” Chinese Science Bulletin, Vol. 49, pp. 

210-214, 2004. 

ICCM19 427



8  

[7] O. Abuomar, S. Nouranian, R. King, J.L. Bouvard, 

H. Toghiani, T. E. Lacy, C. U. Pittman Jr “Data 

mining and knowledge discovery in materials science 

and engineering: A polymer nanocomposites case 

study,” Advanced Engineering Informatics, 2012 

(Submitted). 

[8] R. S. Yassar, O. AbuOmar, E. Hansen, M. F. 

Horstemeyer “On dislocation-based artificial neural 

network modeling of flow stress,” Materials and 

Design, Vol. 31, pp 3683-3689, 2010. 

[9] S. Guessasma and C. Coddet “Microstructure of APS 

alumina-titania coatings analyzed using artificial 

neural network,” Acta Materialia, Vol. 52, pp. 5157-

5164, 2004. 

[10] S. Yoshitake, V. Narayan, H. Harada, H.K.D.H. 

Bhadeshia, DJC Mackay “Estimation of the g and gC 

lattice parameters in nickel-based superalloys using 

neural network analysis,” ISIJ International, Vol. 38, 

No. 5, pp. 495-502, 1998. 

[11] C. Hu, C. Ouyang, J. Wu, X. Zhang, C. Zhao “NON-

structured materials science data sharing based on 

semantic annotation,” Data Science. Vol. 8, pp. 52-

61, 2009. 

[12] T. Sabin, C. Bailer-Jones, P. Withers “Accelerated 

learning using Gaussian process models to predict 

static recrystallization in an Al-Mg alloy,” Modelling 

and Simulation in Materials Science and 

Engineering, Vol. 8, pp. 687-706, 2000. 

[13] J. H. Koo “Polymer nanocomposites: Processing, 

characterization, and applications,” 1
st
 edition, 

McGraw-Hill, New York, 2006. 

[14] J. Garces, D. J. Moll, J. Bicerano, R. Fibiger, D. G. 

McLeod “Polymeric nanocomposites for automotive 

applications,” Advanced Materials, Vol. 12, pp. 

1835-1839, 2000. 

[15] S. Nouranian, “Vapor-grown carbon nanofiber/vinyl 

ester nanocomposites: Designed experimental study 

of mechanical properties and molecular dynamics 

simulations,” Ph.D. Dissertation, Mississippi State 

University, Mississippi State, MS, USA, 2011. 

[16] S. Nouranian, H. Toghiani, T. E. Lacy, C. U. Pittman, 

J. Dubien, “Dynamic mechanical analysis and 

optimization of vapor-grown carbon nanofiber/vinyl 

ester nanocomposites using design of experiments,” 

Journal of Composite Matererials, Vol. 45, pp. 1647-

1657, 2011. 

[17] S. Nouranian, T. E. Lacy, H. Toghiani, C. U. Pittman 

Jr, J. L. Dubien “Response surface predictions of the 

viscoelastic properties of vapor-grown carbon 

nanofiber/vinyl ester nanocomposites,” Journal of 

Applied Polymer Science, DOI: 10.1002/app.39041, 

2013. 

[18] G. W. Torres, S. Nouranian, T. E. Lacy, H. Toghiani, 

C. U. Pittman Jr, J. Dubien “Statistical 

characterization of the impact strengths of vapor-

grown carbon nanofiber/vinyl ester nanocomposites 

using a central composite design,” Journal of Applied 

Polymer Science, Vol. 128, No. 2, pp. 1070-1080, 

2013. 

[19] G. G. Tibbetts, M. L. Lake, K. L. Strong, B. P. Rice 

“A review of the fabrication and properties of vapor-

grown carbon nanofiber/polymer composites,” 

Composites Science and Technology, Vol. 67, pp. 

1709-1718, 2007. 

[20] A. Plaseied, A. Fatemi, M. R. Coleman “Influence of 

carbon nanofiber content and surface treatment on 

mechanical properties of vinyl ester,” Polymers and 

Polymer Composites, Vol. 16, No. 7, pp. 405-413, 

2008. 

[21] A. Plaseied, A. Fatemi “Tensile creep and 

deformation modeling of vinyl ester polymer and its 

nanocomposite,” Reinforced Plastics and 

Composites, Vol. 28, pp. 1775-1788, 2009. 

[22] D. C. Montgomery “Design and analysis of 

experiments,”. 7
th

 edition, John Wiley & Sons, New 

Jersey, 2009. 

[23] J. Twomey, A. Smith “Bias and variance of 

validation methods for function approximation neural 

networks under conditions of sparse data,” IEEE 

Transactions on Systems, Man., and Cybernetics, 

Vol. 28, pp. 417-430, 1998. 

[24] S. Hayken “Neural networks: A comprehensive 

foundation,” 2
nd

 edition, Englewood Cliffs (NJ): 

Prentice-Hall, 1999. 

[25] S. Haykin “Neural networks and learning 

machines,”  3
rd

 edition, Prentice-Hall, 2009. 

 

ICCM19 428



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction 
 
Looming scarcity of sources for petrochemical-
based materials, as well as the associated high costs, 
has spurred interest in renewable sources for use in 
functional and structural materials.  A major hurdle 
to this aspiration is the necessity of maintaining the 
properties delivered by petrochemical based 
materials while replacing them with biobased 
analogs.   
To date, little success has been seen in efforts to 
achieve composites having the properties required of 
structural applications through the incorporation of 
biobased fibers and fillers into purely biobased 
resins.  As a general rule, achieving high levels of 
performance has required extensive modification 
and dilution of the biobased resin.  For instance, the 

addition of acrylate groups to epoxidized soybean 
oil (ESO) is a frequently employed method of 
improving its properties [1]. This acrylated ESO is 
then usually further blended with up to 35 wt% 
petrochemical based monomers such as styrene [2].  
Additional modifications that have been employed 
include hydroxylation, maleinization, and 
phthalation [3]. While the final products of such 
efforts are resins of acceptable properties, these 
strategies also result in significant dilution of their 
renewable content.  The number of steps required to 
accomplish such modest gains in renewability likely 
prompts many to raise questions as to the 
practicality of such efforts.    
In contrast to resins obtained through the 
modification and dilution strategies outlined above, 
a new biobased thermosetting matrix resin, 
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epoxidized sucrose soyate (ESS), in conjunction 
with surface treated flax fiber, shows the potential 
for overcoming the current performance limitations 
of significantly biobased composites.   
For the purposes of this study, properties commonly 
achieved by fiberglass composites were adopted as 
benchmarks by which the performance of the 
samples produced in this study can be judged.  
These standards are 200-225 MPa for tensile and 
flexural strength, 16-18 GPa for tensile modulus, 11-
13 GPa for flexural modulus, and 25-30 MPa for 
interlaminar shear strength.  Indications suggest the 
likelihood of developing structural quality 
composites of ESS and treated flax fiber having 
biocontent in excess of 80%.   

 

2 A Truly High-Biocontent Biocomposite 

2.1 Biobased Resin Matrix 

Derived from sugar and soybean oil, ESS is an 
entirely biobased material.  The precursor, sucrose 
soyate (SS), is produced via a transesterification 
reaction of soybean oil and sucrose.  As a result of 
this reaction, the long chain fatty acids of soybean 
oil are transferred to sucrose molecules at the 
locations of sucrose’s eight hydroxyl groups.  
Epoxidation of SS is accomplished via treatment 
with acetic acid and hydrogen peroxide in 
conjunction with an acidic ion-exchange resin 
catalyst.  The resulting in situ-generated peracetic 

acid effects a nearly complete conversion (>99%) of 
double bonds to oxirane moieties  [4], [5].  This 
process is illustrated in Figure 1.   
ESS is light in color, and has a compact, highly 
functionalized molecular structure.  Epoxy 
functionality for ESS ranges from 10 to 12 oxirane 
groups per molecule, compared to the 4.4 groups per 
molecule of traditional ESO.  Initial trials have 
demonstrated its utility.  It has the ability to be cured 
under a broad range of time and temperature 
conditions, it has low moisture absorption and good 
adhesion to a variety of substrates.  It also exhibits 
highly competitive mechanical properties.  For 
example, when ESS is crosslinked with a 
cycloaliphatic anhydride, the resulting tensile 
modulus values of 450-1000 MPa are in the range of 
current thermosetting polymer technology.  
2.2 Natural Fiber Reinforcement 

In addition to being renewable, natural fibers are 
characterized by a number of beneficial traits, 
making them well suited for use as substitutes for 
traditional glass fiber reinforcement.  They are less 
abrasive to manufacturing machinery than glass, and 
pose little or no health risk to those working with 
them [6].  They are readily available and are 
biodegradable.  Their low density translates into 
high specific properties such as modulus [7], 
flexibility [8], strength, stiffness [6], and impact 
resistance [9].  Natural fibers also exhibit superior 
vibration damping [9].   

 
Table 1.  Structural compositions of natural fibers [14], [15]. 

Fiber 
Cellulose 
(wt.%) 

Lignin 
(wt.%) 

Hemicellulose 
(wt.%) 

Pectin 
(wt.%) 

Wax 
(wt.%) 

Spiral angle 
(°) 

Bast fibers 
      Jute 61 - 71.5 12 - 13 13.6 - 20.4 0.2 0.5 8.0 

Flax 71 2.2 18.6 - 20.6 2.3 1.7 10.0 
Hemp 70.2 - 74.4 3.7 - 5.7 17.9 - 22.4 0.9 0.8 6.2 
Ramie 68.6 - 76.2 0.6 - 0.7 13.1 - 16.7 1.9 0.3 7.5 
Kenaf 31 - 39 15 - 19 21.5 - - - 

       Leaf fibers 
      Sisal 67 - 78 8.0 - 11.0 10.0 - 14.2 10.0 2.0 20.0 

Pineapple 70 - 82 5 - 12  -   -   -  14.0 
Henequen 77.6 13.1 4 - 8 - - - 

       Seed fibers 
      Cotton 82.7 0.7 - 1.6 5.7  -  0.6   
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In addition to the positive traits mentioned above, 
there are several less desirable characteristics of 
natural fibers that require cognizance.  The 
properties of vegetable based natural fibers vary 
with such factors as growing season, region of 
origin, fiber age, storage environment, and 
processing methods [10].  Low degradation 
temperatures limit processing and service 
temperatures to below 200 °C [6].  Natural fibers 
also have a hydrophilic nature, which results in a 
tendency toward high moisture absorption and, 
perhaps their most detrimental aspect, a poor ability 
to adhere to non-polar, more hydrophobic polymer 
matrix materials.  Fortunately this poor matrix 
compatibility can be palliated through any of several 
relatively simple fiber pre-treatments.  
Mercerization, which is treatment in an alkali 
solution, is certainly one of the most popular.  This 
process alters the surface chemistry of the fiber, 
increasing the number of active hydroxyl groups.  
An added benefit of this treatment is that it strips 
away much of the non-cellulose material of the fiber, 
effectively increasing its relative cellulose content 
[11].  This further increases its already laudable 
specific strength.  
 
Natural fibers originating from plants can be 
grouped into three categories: leaf, seed/fruit, and 
bast (stem) fibers [12], [13].  In general, these fibers 
consist of similar constituents, though often in 
varying combinations and configurations.  Table 1 
lists the makeup of several common natural fibers 
[14], [15].  The most critical of the components is 
cellulose, which provides the majority of a fiber’s 
strength.  Cellulose makes up anywhere from 61% to 
83% of the fibers included in the table.  In addition 
to cellulose, other components include 
hemicellulose, lignin, pectin and various waxes [16].  
Each of these materials has its own characteristic 
mechanical properties which contribute to the 
overall properties of the fiber that incorporates them.  
As such, natural fibers can rightly be considered 
composites in and of themselves.  Just as orientation 
of the fibers in a conventional composite influence 
the composite’s properties, so too does the 
microfibrillar angle impact the properties of natural 
fibers.  Specifically, low microfibrillar angles equate 
to higher strength fibers [17]. 
Bast fibers come from the phloem, or nutrient-
conducting tissue of a plant.  This category includes 

such fibers as banana, flax, hemp, jute, kenaf, mesta, 
ramie, and rattan [18], [19].  As may be expected, 
based on the part of the plant from which they are 
obtained, bast fibers are among the longest natural 
fibers available.  Not as obvious, perhaps, is that 
they also include some of the strongest natural fibers 
available.  As a result, bast fibers are often a first 
choice when composites with optimal strength are 
desired. Among the readily available natural fibers, 
flax has the greatest modulus of elasticity and tensile 
strength due, in part, to its high cellulose content 
[20].   
Recently, flax fiber has been prepared for 
incorporation into ESS resin using varied treatments.  
Both loose flax fiber and unidirectional flax fabric 
were treated in 0.25 molar solutions of NaOH in 
95% ethanol (5% water).  Additionally, some loose 
fiber was treated in a solution of 0.25 moles of 
NaOH dissolved in 10% ethanol (90% water).  In 
both cases, this treatment consisted of immersing the 
fiber in the boiling NaOH solution in quantities of 
approximately 1g fiber per 13.3 mL of solution. 
Following two hours of treatment, the solution was 
decanted off and the fiber carefully rinsed in water 
until the rinse water no longer acquired a brown 
color when the fiber was gently agitated.  The 
washed fiber was straightened when necessary and 
laid flat to dry.  It was then placed in an oven to dry 
at 80 °C for 24 hours.  In the case of loose fiber, 
after drying, the fiber was then carefully separated 
and straightened. 
In addition to treatment in NaOH solution, a quantity 
of mercerized unidirectional fabric was then treated 
in a 20 wt% solution of 4-methyl-1,2-
cyclohexanedicarboxylic anhydride (MHHPA) 
crosslinker in acetone for an hour and a half.  It was 
then triple rinsed in acetone, straightened as 
necessary, and placed on a tray to dry in an oven at 
80 °C for 24 hours.   

2.3 Composite Manufacture 

2.3.1 Loose Fiber Composite Manufacture  
Loose flax fiber has been incorporated into small 
volume biocomposite coupons with fiber loadings of 
up to 55% using a modified vacuum assisted resin 
transfer molding (VARTM) process.  These coupons 
incorporated flax fiber in either a treated or 
untreated state, as well as one of two different 
formulations of ESS crosslinked with MHHPA in 
the presence of 1,8-diazabicyclo[5.4.0]undec-7-ene 
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(DBU) as a catalyst.  Coupons of untreated flax and 
a commercially available petrochemical based epoxy 
resin (Araldite 8601/Aradur 8602) were produced as 
a source of baseline data.  For further comparison 
purposes, coupons of glass fiber and this 
commercially available resin, as well as coupons of 
the two ESS formulations were manufactured. 
Considerable care was required in the layup of the 
loose fiber in order to obtain a final product with 
some semblance of unidirectionality.  Even so, the 
resulting composites were characterized by 
noticeably wavy fiber.  In each case, a glass plate 
which had been treated with release agent was used 
as a tool surface.  On this plate, approximately 60 g 
of fiber was spread evenly in a slightly oversized 
approximation of the desired dimensions of the 
resulting composite.  A release agent-coated caul 
plate was placed atop the fiber to ensure the 
resulting composite had both a uniform cross section 
and smooth surfaces.  The layup was then sealed 
under bagging film and exposed to a vacuum of 24 
in Hg for at least two hours in an effort to remove 
residual moisture, volatiles, and as much air as 
possible from the fiber.   
ESS formulation one (ESS F1) was prepared using 
an epoxide / anhydride molar ratio of 1 / 0.5.  ESS 
formulation two (ESS F2) was prepared using an 
epoxide / anhydride molar ratio of 1 / 0.75.  In both 
cases, the amount of DBU used was 1.5 wt% of the 
combined weight of ESS and MHHPA.  The 
Araldite resin was mixed at a 4/1 ratio of resin to 
hardener, as prescribed by the manufacturer. 
Prior to infusion, the ESS resins were warmed to 50 
°C, and the press platens and fiber layup were pre-
heated to 60 °C.  Prior to infusion of the Araldite 
resin, it was placed in a vacuum chamber and 
degassed under a vacuum of 24 in Hg for five 
minutes.   

During infusion of the ESS resins, the temperature 
setting on the platens was increased to 90 °C once 
the infusion was 75% complete.   
Following infusion, the inlet hose was clamped and 
an external pressure of 2.5 metric tons was slowly 
applied.  Once the excess resin was drawn through 
the outlet hose, it was clamped off also.  In the case 
of the ESS resins, the temperature of the platens was 
set to 120 °C. 
Once the temperature of the platens reached their set 
point of 120 °C, the ESS composites were allowed 
to cure for two hours.  After this time, the panel was 
removed from the press and separated from the glass 
tool plate to allow for even cooling.  The Araldite 
panels were allowed to cure in the press overnight 
before being removed from the press. 
 

2.3.2 Unidirectional Fabric Composite Manufacture  
Unidirectional flax fabric has also been incorporated 
into small volume biocomposite coupons with fiber 
loadings of up to 55% using the same modified 
VARTM process described above.  These coupons 
incorporated the virgin, mercerized, or MHHPA-
treated flax fabric whose preparation was described 
above.  In addition, these coupons utilized one of the 
three resins mentioned above (ESS F1, ESS F2, and 
Araldite 8601/Aradur 8602).   
For each composite, 12 sheets of fabric having 
dimensions slightly greater than that desired of the 
intended coupon were stacked on a release agent-
treated glass plate.  The total mass of the fabric used 
in each coupon was approximately 75 g.  A release 
agent-coated caul plate was placed atop the fiber to 
ensure the resulting composite had both a uniform 
cross section and smooth surfaces.  The layup was 
then sealed under bagging film and exposed to a 
vacuum of 24 in Hg for at least two hours in an 
effort to remove residual moisture, volatiles, and as 

Table 2. Mechanical properties of 50 Vol. % loose flax fiber/ Araldite, ESS reinforcements in longitudinal direction. 

 Untreated Fiber NaOH Treated Fiber 
Category Araldite ESS F1 ESS F2 Araldite ESS F2 

Tens. Str. MPa  158.09 ± 
21.69 

154.16 ± 
6.77 

152.58 ± 
15.99 NA 178.31 ± 

38.93 

Flex. Str. MPa  195.65 ± 
24.64 

252.42 ± 
24.20 

340.30 ± 
28.17 

242.00 ± 
22.5 

259.45 ± 
12.36 

Sht. Beam Str.  MPa  12.65 ± 
1.56 

22.32 ± 
3.16 

25.63 ± 
2.46 

23.32 ± 
0.25 

25.35 ± 
1.76 
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much air as possible from the fiber.   
ESS formulation one (ESS F1) was prepared using 
an epoxide / anhydride molar ratio of 1 / 0.5.  ESS 
formulation two (ESS F2) was prepared using an 
epoxide / anhydride molar ratio of 1 / 0.75.  In both 
cases, the amount of DBU used was 1.5 wt% of the 
combined weight of ESS and MHHPA.  The 
Araldite resin was mixed at a 4/1 ratio of resin to 
hardener, as prescribed by the manufacturer. 
Prior to infusion, the ESS resins were warmed to 50 
°C, and the press platens and fiber layup were pre-
heated to 60 °C.  Prior to infusion of the Araldite 
resin, it was placed in a vacuum chamber and 
degassed under a vacuum of 24 in Hg for five 
minutes.   
During infusion of the ESS resins, the temperature 
setting on the platens was increased to 90 °C once 
the infusion was 75% complete.   
Following infusion, the inlet hose was clamped and 
an external pressure of 4.5 metric tons was slowly 
applied.  Once the excess resin was drawn through 
the outlet hose, it was clamped off also.  In the case 
of the ESS resins, the temperature of the platens was 
set to 120 °C. 
Once the temperature of the platens reached their set 
point of 120 °C, the ESS composites were allowed 
to cure for two hours.  After this time, the panel was 
removed from the press and separated from the glass 
tool plate to allow for even cooling.  The Araldite 
panels were allowed to cure in the press overnight 
before being removed from the press. 

2.4 Composite Properties  

Mechanical testing of properties such as density, 
tensile strength (ASTM D3039), flexural strength 
(ASTM D790), and interlaminar shear strength 
(ASTM D2344) have been carried out on both the 
samples prepared using loose fiber, as well as those 
prepared using unidirectional fabric.  Results were 
normalized to a fiber volume fraction (Vf) of 50%. 

2.4.1 Loose Fiber Composite  
Predictably, there was little difference in the tensile 
strengths of composites of similar fiber type and 
treatment.  As shown in Table 2, however, a marked 
increase in tensile strength was seen in NaOH 
treated fiber over untreated fiber for ESS F2.  In 
addition, in the areas of flexural and interlaminar 

shear strength, the commercially available resin was 
consistently the poorest performer.  When measured, 
ESS F2 was consistently the best performer with 
properties approaching and exceeding twice those of 
the commercially available resin.  ESS F1 was either 
statistically equivalent to, or superior to, the 
commercially available resin.   
The loose fiber composites produced using the 
techniques and materials described above achieve a 
tensile strength that is 70% of the minimum target 
property, tensile modulus that is 280% that of the 
minimum target, and 92% of the minimum desired 
interlaminar shear strength. However, it should be 
noted that the significant waviness of the loose fiber 
should be expected to produce composites of lower 
properties than would be observed if the fibers were 
straight.  Additionally, the randomness of the fiber 
waviness renders impossible any effort to quantify 
the magnitude of the resulting property deficit.  
What can be said is that, should improved 
processing methods result in composites of 
straighter fiber, their properties can be expected to 
be greater than those obtained here. 

2.4.2 Unidirectional Fabric Composite  
As with the loose fiber composites, those of 
unidirectional fabric exhibited relatively little 
variation in tensile strengths.  As can be seen in 
Figure 2, all other panels approach or exceed the 
target of 200 - 225 MPa tensile strength. 
In the case of flexural strength, ESS F2 is superior to 
Araldite, which is superior to ESS F1.  In addition, 
there also appears to be a progressive improvement 
in properties with the extent of fiber treatment.  The 
best performance was demonstrated by MHHPA 
ESS F2, which exhibited a flexural strength 
exceeding 250 MPa, which exceeds the goal by 25 
MPa. 
In the area of interlaminar shear strength, a similar 
pattern of ESS F2 outperforming Araldite which 
outperforms ESS F1 emerges.  However, in the area 
of fiber treatment, NaOH treated fiber appears to be 
superior to MHHPA treated fiber, while untreated 
fiber remains the least effective.  The MHHPA F2 
and NaOH Araldite composites were found to reach 
or exceed the top end of the desired 25 to 30 MPa 
range. 
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Results for tensile modulus do not show statistically 
significant variation between the coupons.   
However, the trend for ESS F1 resin to produce the 
poorest results appears to be true in this case as well. 
Even so, all coupons greatly exceeded the goal of 16 
to 18 GPa. 
Flexural modulus results again show that ESS F1 
performs more poorly than the other two resins.  
Also, it appears that there is little or no statistically 
significant variation between fiber treatment.  It 
would appear that a flexural modulus of 18 GPa 
should be achievable on a consistent basis, which 
greatly exceeds the goal of 11-13 GPa. 
 

3 Biocontent 

The fiber and resin components of the composites 
produced are substantially biobased.  ESS resin itself 
is 100% biobased, while the MHHPA and DBU are 
entirely petrochemcial-based.  Untreated and NaOH 
treated flax fiber is entirely biobased.  A small 
percentage of the MHHPA treated fiber’s weight is 
not biobased, however a definitive quantification of 
this percentage has not yet been established.  For the 
purpose of discussion, it is assumed that a generous 
5% of the total weight of these fibers is non-
biobased.  The renewable portion of the resulting 
composites is presented in Figure 3.  Biocontent of 
nearly 90% has been achieved using ESS F1.  

 

4 Further Discussion and Conclusions 

At the outset of this study, the assumption was that 
this new resin system would provide a significant 
improvement over current biobased technology, but 
would still require a modicum of glass fiber in order 

to achieve structural quality properties.  However, in 
light of the properties demonstrated by the 
unidirectional fiber composites, it would appear that 
supplementing with glass fiber in order to reach the 
benchmark is not necessary.  In all areas, the 
benchmarks were met or exceeded without the 
incorporation of glass fiber.   
Results obtained from composites of loose fiber, as 
well as those panels consisting of poorly aligned 
fabric, underscore the fact that good fiber alignment 
is essential.  This speaks to the fact that refinements 
in fiber treatment and manufacturing techniques play 
a major role in the successful fabrication of 
structural quality biocomposites. 
While the results show that composites 
manufactured using unidirectional fabric performed 
better than those of loose fiber, the smallest gain was 
seen in the area of interlaminar shear strength.  In 
fact, significant difficulty was experienced in 
successfully obtaining shear failure during testing of 
loose fiber samples.  As a result, the actual shear 
strengths of these composites may be greater than 
those reported here, and the difference in 
performance between the two composite types may 
be even smaller than reported.  The non-laminar, 
three dimensional quality of the loose fiber is quite 
likely the reason for the relatively good performance 
of loose fiber in this area when compared to the 
stratified fabric-based composite. 
There are several notable differences between the 
loose and unidirectional flax fibers used in this 
study.  The unidirectional fiber incorporates yarns of 
twisted fibers which are approximately two inches in 
length.  These fibers are sized with a wheat starch.  
The loose flax is not twisted.  For the most part, the 
length of individual fibers spans that of the 
composite coupons.  It also has no sizing applied to 
it.  The sizing on the unidirectional fabric likely 
results some variation in the efficacy of the 
mercerization between the fiber types, though it is 
unknown how significant this effect is.  Also, while 
unlikely to be economically viable in a production 
setting, should a method be devised by which loose 
fiber can be significantly straightened, it is likely 
that  coupons incorporating loose fiber would 
demonstrate properties superior to those obtained 
using the unidirectional fabric for the following 
reasons:  the process of manufacturing the 
unidirectional fabric inflicts significantly more 
damage on the individual fibers; there is a Fig 3. Biocontent % of unidirectional flax composites. 
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significant length difference between the two fiber 
types; the twist of the fibers in the unidirectional 
fabric guarantees that all fibers are slightly off-axis.  
The amount of external pressure applied to infused 
fiber generally dictates the fiber fraction of the 
resulting composite.  As a result, greater pressure 
results in greater properties to the extent that the 
pressure is not so great that there is no longer 
sufficient matrix to transfer load between fibers.  
The amount of pressure used in the manufacture of 
the unidirectional fabric composites has not been 
fully fine tuned.  It is likely that the pressure used is 
not ideal.  It is also possible that the optimum 
pressure varies with fiber treatment type. 

 

5 Future Work  

5.1 Additional Resin Formulation 

Structure-property studies of the matrix resin system 
will be carried out to understand the impact of 
variables such as epoxy functionality, anhydride 
crosslinker, catalyst and loading, and curing 
conditions on properties such as modulus, impact 
resistance, glass transition temperature, thermal 
stability, water sorption, and durability. 

5.2 Additional Fiber Treatment 

It is expected that continual refinements to the 
techniques used in fiber treatment will further 
increase the cost effectiveness of the process, as well 
as the performance and biocontent of the resulting 
material. 

5.3 Additional Composite Manufacture  

Continuing refinements to the techniques used in 
composite manufacture are expected to further 
improve the cost effectiveness of the process, as well 
as increase the performance and biocontent of the 
resulting material.   
As mentioned above, a systematic study of the 
external pressure applied to composites of varying 
fiber treatments would be beneficial and likely result 
in further property improvements. 
In addition, in the interest of broadening the scope of 
this study and more fully understanding the 
performance and potential of this material, it is 
intended that future work will include the 
manufacture of ESS infused sandwich composites 

incorporating randomly oriented fiber mat and a 
biobased polyurethane foam. 

5.4 Additional Testing 

It is intended that future tests will be conducted to 
determine the durability of the matrix resin.  
Similarly, structure-process-property relationships 
will be established for the biocomposites produced 
with regards to durability for use as a structural 
construction grade material.  Microscopy studies 
will be carried out to examine fiber-matrix 
interactions. 
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1 Introduction  

Interfaces constitute inherent disruptions of the 
phase character in polymer matrix composites, and 
due to the thermodynamic mismatch between ad-
joining components, lead to the formation of extend-
ed regions, or interphases, that accommodate the 
transition between contrasting materials characteris-
tics.  Resulting from complex chemical and physical 
processes during materials fabrication, these inter-
phases often posses less than desirable properties, 
i.e., they may introduce mechanical weaknesses, 
thermal barriers, scattering centers, impurity reposi-
tory, etc.  Devising strategies for ameliorating the 
debilitating effects of interfaces requires a detailed 
understanding of the structural and chemical nature 
of interfacial regions.  In this paper we describe a 
combined experimental and computational approach 
towards gaining the desired insight for carbon fiber 
reinforced epoxy matrix composites.  Our approach, 
which consists of atomistic simulations, inelastic 
light scattering experiments, not only allows us to 
probe and elucidate interfacial structures and proper-
ties, but also to predictively explore new functionali-
ties that can be inserted into these intermittent re-
gions through appropriate molecular design. 

2 Research Approach and Methodologies 

2.1 Materials Preparation 

The epoxy system used for this study was Epon 862 
resin (diglycidylether of bisphenol) mixed with di-
ethonolamine hardener.  Resin and hardener were 
thoroughly stirred together at ratios ranging from 
under- to over-stoichiometric to map out possible 
conditions that may occur upon incomplete mixing 
(or de-mixing near interfaces), and curing was moni-
tored at temperatures ranging from ambient to 50˚C. 

2.2 Inelastic Light Scattering  

Materials characterization was done using in-situ 
concurrent micro- Raman (µ-RLS) and micro Bril-
louin light scattering (µ-BLS).  While the former 
provides information about the changes in the sys-
tem chemistry, from which we can derive the degree 
of cure, the latter allows us to measure the complex 
mechanical modulus at the nano-scale.  Hence, be-
sides yielding the visco-elastic properties of the cur-
ing polymer, BLS also yields structural information 
at the molecular scale by revealing the extent to 
which building blocks are mobile or connected to 
each other.  The BLS signal arises from light scat-
tered off propagating hypersonic waves, and as such, 
this technique allows one to associate a spatial orien-
tation with the measured visco-elastic properties.  
For example, we can measure the elastic modulus 
perpendicular and parallel to interfaces, and based 
on observed anisotropy, draw conclusions about the 
adhesive properties between adjacent materials. 

2.3 Atomistic Simulations 

Our simulation framework includes (i) first-
principles density functional theory (DFT) calcula-
tions to develop a detailed description of the interac-
tions and chemical bonding across interfaces, in par-
ticular between dissimilar materials; (ii) large-scale 
molecular dynamics (MD) simulations, based on our 
reactive force field, to gain realistic atomistic repre-
sentations of the polymer/nano-particle interfaces 
and to compute the mechanical, thermal, dielectric, 
and transport properties of the composites; and (iii) a 
hybrid MD/Monte Carlo (MC) technique, designed 
to accelerate the polymerization reactions and struc-
tural relaxation so as to generate realistic configura-
tions of the simulated materials [1].  Because the 
time scales accessible by conventional MD simula-
tions fall far short of encompassing reaction events 
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that lead to the formation of a polymer network, in 
our scheme, reactions are accelerated by inserting 
MC procedures in between MD simulation of the 
relaxation process.  The formation of network bonds 
is based on the spatial proximity of reacting species.  
If the system experiences a net decrease in total po-
tential energy, the new bond is kept, or otherwise 
rejected according to the Metropolis algorithm.  Us-
ing this approach we have generated the structures 
of dicyclopentadiene (DCPD), which polymerizes 
based on a ruthenium-catalyzed ring-opening me-
tathesis reaction, and successfully predicted its me-
chanical properties as a function of the degree of 
cure [2]. 

 
Fig.1.  Elastic properties of epoxy as a function of the dis-
tance from the carbon fiber interface.  Inset: map of Ra-
man shifts revealing residual stresses in the epoxy matrix 
(red areas; carbon fiber cross sections are dark blue). 

3 Results and Discussion  

3.1 Interphase Formation  

Systematic concurrent BLS/RLS characterization of 
epoxy during cure, with and without containing rein-
forcing carbon fibers revealed the following in-
sights:  The relationship between the degree of cure 
and the elastic properties of epoxy strongly depends 
on the temperature and the chemical composition of 
the resin-hardener system.  This can lead to compli-
cated spatial variations in the structural evolution, as 
exemplified in Fig. 1.  The data show that the elastic 

moduli are significantly lower near the interface than 
away from it, reflecting differing network topolo-
gies.  The map of Raman peak shifts (inset of Fig. 
2), however, reveals that chemical differences are 
much less pronounced, and are significant only in 
select areas (yellow patches).  Hence, spatial varia-
tions in chemistry and mechanical properties do not 
overlay trivially. 

3.2 Controlling Interphase Properties 

From experiments we know that the network 
topology can be different in interphases than in the 
polymer bulk, without a corresponding disparity in 
the system chemistry.  Our simulations reveal that 
polymers tend to develop a strongly layered 
structure and to densify near interfaces, which 
explains the experimental observations.  Based on 
these findings, we seek to amplify or mitigate these 
developments by inserting various types of polymers 
in the interfacial region.  Our approach is to explore 
the ability to tailor interfacial properties using 
predictive simulations and determine the 
theoretically possible magnitudes of the desired 
effects before attempting fabrication of such 
materials systems in the laboratory (Fig. 2). 
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Fig.2.  Model of multilayer structure to explore the ability 
for tailoring composite properties via predictive simulations. 
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1 Introduction  

Residual distortion can be a strong impediment for 

the use of thermoset composites in high performance 

applications. Over the past decades, numerical 

models based on the finite element method have thus 

been proposed to simulate internal stresses 

developed during autoclave processing [1-3] or in 

Resin Transfer Molding (RTM) [4-6]. In the latter 

case, the injection stage is generally neglected by 

considering that the degree of cure and temperature 

are initially uniform throughout the part. The 

objective of the present study is to test the validity of 

this assumption by investigating the potential effect 

of the filling stage on residual deformations.  

 

2 Preliminary Experimental Observations 

2.1 Manufacturing Experiments  

Composite specimens were manufactured with an 

RTM mold that was already available in our 

laboratory. This setup was designed to manufacture 

flat panel of dimensions 400×142 mm. The tooling 

consists of two aluminum parts having a thickness of 

20 mm for the top mold and 50 mm for the lower 

mold. The mold is equipped with electrical heating 

plates that allow high temperature manufacturing. 

Materials were quasi-unidirectional glass fiber fabric 

and a regular epoxy system (DGEBA cured with an 

anhydride hardener). An asymmetric stacking 

sequence [0 0 90 90] was selected to induce an 

important distortion that could be easily measured. 

A typical part is shown in Fig. 1. 

Processing experiments were conducted with a mold 

temperature of 140°C. Resin was injected at room 

temperature under a constant injection pressure of 

0.1 MPa.  

 

 

2.2 Analysis of Distortion 

After demolding, each panel was cut along its length 

into several smaller specimens of dimensions 

180×20 mm. The samples were polished with 

waterproof sandpaper to acquire clean images of the 

cut surfaces with a scanner CanoScan 5600F having 

a resolution of 2400 dpi. These images were then 

treated with Matlab to calculate the curvature along 

the longitudinal direction. Results showed that the 

curvature in the second half of the panel (i.e. close to 

the vent port) was about 4% greater than in the first 

half of the part (i.e. close to the inlet). Though 

relatively small, this difference was observed on all 

five parts analyzed and could be a result of the 

filling of the cavity since it coincides with the 

injection direction. 

  

3 Numerical Analysis of Filling and Cure 

Anisotropic thermal expansion and cure shrinkage 

are the two main factors responsible for the internal 

stress built-up. These phenomena are governed by 

the evolution of the degree of cure and temperature 

during processing. Consequently, non-isothermal 

simulations of both filling and curing stages were 

conducted to analyze the influence of injection 

conditions on the thermochemical history of the 

composite. These numerical analyses were 

performed with the software PAM-RTM.  

3.1 Modeling 

A parametric 2D finite element model of the 

manufacturing setup was developed using triangular 

elements in the cavity region and quadrilateral 

elements for both halves of the mold. This model 

was used to predict the evolution of the degree of 

cure and temperature during injection under constant 

pressure followed by a 10 minute-period of curing. 

Since the cycle time was relatively short, adiabatic 
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boundary conditions were imposed during the entire 

simulation.  

Despite the asymmetry of the layup, a constant 

permeability of 1.4×10-10 m2 was considered for the 

fiber bed. The viscosity of the resin was modeled 

according to the following power law: 

bT

a
  (1) 

where a and b are two fitting parameters reported in 

Table 1. The viscosity η and the temperature are 

expressed in Pa.s and °C respectively. 

Cure reaction was described with the well-known 

Kamal-Sourour kinetics model [7]: 

nmKK
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with rate constants Ki following Arrhenius law: 
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Parameters of the kinetics model are summarized in 

Table 1. A total heat of reaction of 326 J.g-1 was 

determined by differential scanning calorimetry 

(DSC). Other materials properties involved in the 

numerical analyses are reported in Table 2. 

The first simulation was conducted with the 

processing parameters used during the manufacture 

of the test specimens: 

- part length L = 0.4 m; 

- part thickness h =3.8 mm; 

- fiber volume fraction Vf = 40%; 

- mold temperature Tmold = 140°C; 

- resin injection temperature Tresin = 30°C; 

- mold made of aluminum. 

As will be presented in the next section, results 

obtained with such processing conditions were used 

as a reference case to conduct parametric studies. 

Fig. 2 shows contour plots of the temperature and 

degree of cure predicted 80 seconds after the end of 

the filling stage. As can be seen, injecting a resin 

that is much colder than the mold can result in 

significant temperature and cure gradients in the 

cavity. In the case presented here, the cure reaction 

is already advanced in the end part of the panel and 

the exothermic nature of the reaction induces a 

temperature increase in the region close to vent port. 

On the other hand, the temperature of the mold is 

lower near the inlet gate because of cooling induced 

by the injection process and the degree of cure is 

still almost negligible at this location. 

The results presented in Fig. 2 does not necessarily 

mean that residual stresses vary throughout the part. 

Indeed, the existence of in-plane properties gradients 

at a certain time could simply be due to a time lag in 

the evolution of the reaction between the different 

regions of the composite. To investigate this point, 

the degree of cure was plotted versus temperature as 

reported in Fig. 3. The latter clearly shows that 

thermal and cure histories vary inside the cavity. The 

effect is more important in the vicinity of the 

injection gate, notably during the early stages of the 

polymerization reaction. Moreover, the exothermic 

peaks occur for similar degrees of cure but are 

associated with different maximum temperatures. 

Such differences in the thermochemical history 

suggest that the combined evolution of mechanical 

properties and volumetric changes is not uniform 

inside the cavity. This can in turn modify the 

development of internal stresses during the 

fabrication. 

3.2 Parametric Studies  

Many processing parameters can affect cure and 

thermal histories experienced by the composite. To 

illustrate this point, some selected numerical results 

are presented in the following subsections. 

3.2.1 Influence of Part Dimensions 

As shown in Fig. 4a, the predicted thermochemical 

history is fairly uniform when the length of the part 

is reduced to 0.2 m. Minor variations only exist for 

low degree of cure and should not affect the level of 

stresses since the resin is still liquid at that moment. 

On the other hand, a part length of 0.8 m generates 

larger variations compared to the reference case. 

Note that for sake of clarity, results are only 

presented for the first half of the panel in Fig. 4b. 

The thermochemical history becomes much more 

uniform when the distance from the inlet is higher 

than 0.4 m (although small variation are still 

predicted).  

Increasing the length of the part results in a larger 

quantity of injected resin and consequently a more 

important cooling effect near the inlet gate. Fig. 5 

shows that a similar behavior is predicted when the 

thickness of the part varies. While no significant 

difference is seen with a thickness of 2 mm, 
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increasing this parameter to 8 mm induces important 

variations of the thermochemical history compared 

to the reference test. Note that the scale of the 

temperature axis in Fig. 5b is larger than the one 

used in Fig. 3 to 5a because of the important 

exothermic peak caused by the increased thickness.   

3.2.2 Influence of Injection Temperature 

A rather intuitive solution for decreasing in-plane 

cure and temperature gradients consists of increasing 

the resin temperature. Indeed, a lower temperature 

difference between the resin and the mold should 

reduce the intensity of heat transfer phenomena 

during the injection stage. This is confirmed by the 

simulation results presented in Fig. 6. As can be 

seen, increasing resin temperature to 100°C gives in 

a fairly uniform thermochemical history throughout 

the part. However, it must be kept in mind that such 

experiment may not be easy to conduct in practice. 

For highly reactive thermoset systems like the one 

used in this study, a complex injection machine with 

on-line mixing or efficient heat exchanger would be 

necessary to avoid premature gel of the resin. The 

use of such device will inevitably increase the costs 

of process implementation.  

3.2.3 Influence of Mold Material 

It is well-known that the material used for the 

tooling can substantially affect residual stresses and 

distortion. For example, a material with low thermal 

expansion such as invar may be used to decrease the 

level of tool/part interaction occurring during 

processing. However, changing the mold material 

also modifies other thermal properties that dictate 

the evolution of temperature and degree of cure in 

the cavity. This point is supported by Fig. 7, which 

plots the thermochemical history predicted with a 

tool made of invar (all other parameters are identical 

to the reference test). In this case, important 

variations are predicted in the immediate vicinity of 

the inlet. The cooling effect of resin injection is 

indeed much more localized because of the low 

thermal conductivity of invar compared to aluminum 

(see Table 2). This difference in thermal properties 

also induces an increase of the maximum 

temperature because the tooling is a less efficient 

heat sink to absorb the energy generated by the 

reaction. 

 

4 Prediction of Process-Induced Stresses and 

Distortion 

To simulate the development of residual stresses 

during cure, a second finite element model was 

developed with the ABAQUS software. This model 

only included the composite panel (the 

manufacturing tool was not considered). 

Thermomechanical analyses of the manufacturing 

cycle were divided into three simulation steps: 

- curing stage; 

- cooling down to 30°C; 

- demolding of the part. 

Fixed boundary conditions were imposed during 

both curing and cooling stages whereas the part was 

let free to deform during the demolding step. The 

main originality of the model consists of transferring 

the simulation results obtained with PAM-RTM to 

represent the thermochemical history during curing. 

By doing so, the prediction of residual stresses takes 

into account the possible influence of the mold 

filling stage. 

4.1 Transfer of Cure Simulation Results 

Both temperature and degree of cure predicted 

during the curing step were used as predefined 

variables imposed on nodes in the thermomechanical 

simulations performed with ABAQUS. To facilitate 

the transfer of these fields, each quadrilateral 

element used in ABAQUS correspond to four 

triangular elements in the PAM-RTM mesh. 

Temperature was directly transferred from node to 

node. In the case of degree of cure, the output results 

of PAM-RTM are given at elements. To convert 

these data to nodal variables, results were averaged 

for all the elements connected to a single node. 

4.2 Material Modeling 

Accurately predicting manufacturing stresses is a 

difficult task that require the use of sophisticated 

material laws for mechanical properties and 

volumetric changes. However, since the goal our 

work is to determine if injection conditions can 

impact the residual distortion, relatively simple 

models were selected to describe the composite 

behavior in order to simplify the numerical 

implementation and avoid extensive material 

characterization. Such approach should not be 

recommended to make reliable quantitative 
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predictions and was only used to detect possible 

qualitative trends in the results.  

4.2.1 Resin Properties 

The epoxy used in this study was previously 

characterized by Ruiz et al. [8]. These authors 

observed that the resin started to develop significant 

rigidity for a degree of cure of 33%. This value was 

then considered to correspond to the gel point of the 

matrix. The degree of cure at gel αgel notably plays a 

role in the modeling of chemical shrinkage, which 

was represented by a linear relationship: 
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The coefficient of thermal expansion (CTE) of the 

fully cured resin was characterized with a 

thermomechanical analyzer. The results shown in 

Fig. 8 were used to derive the following model for 

the linear CTE of the matrix: 
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where CTE1 and CTE2 are the coefficients of thermal 

expansion in the rubbery and glassy state, T’ and D 

are fitting parameters and the glass transition Tg 

varies with the degree of cure according to  

DiBenedetto equation [9]: 
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A similar approach was used to represent the 

influence of temperature and reaction advancement 

on the mechanical properties of the resin. Young’s 

modulus of the resin was thus expressed as:   
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(7) 

where typical values were assumed for the rubbery 

and glassy moduli E1 and E2. The mechanical model 

was completed by assuming a constant Poisson’s 

ratio νm. These properties as well as others 

parameters involved in equations 4 to 7 are 

summarized in Table 3. 

4.2.2 Homogenization of composite properties 

Simple analytical formulas were used to predict the 

evolution of the composite properties during cure. 

The resin models described above and constant fiber 

properties (see Table 3) were used as input data. The 

elastic constants were calculated according to 

Chamis model [10]. The different CTEs were 

estimated with the equations proposed by Schapery 

[11]. These expressions were also used to calculate 

the orthotropic chemical shrinkage experienced by 

the composite. The micromechanics equations and 

the different material models were implemented in 

ABAQUS via user-programmed subroutines UMAT 

and UEXPAN.  To avoid predicting any residual 

stresses when the resin is still liquid, the CTE and 

cure shrinkage of the resin were considered to be 

zero for degree of cure lower than αgel.   

4.3 Results 

Fig. 9 shows the longitudinal stress profiles 

predicted prior to demolding for the reference test. 

As can be seen, the stresses are not constant 

throughout the panel. However, the relative changes 

are very small and this non-uniform stress state is 

expected to induce only minor variations of residual 

distortion once the part is demolded. Consequently, 

these numerical results suggest that the injection 

does not play a significant role on the residual 

stresses and deformations for this specific case. 

However, this conclusion should not be extended to 

a more general context. Firstly, the reference 

specimen is rather small and much larger structures 

can be manufactured for real applications. For 

example, increasing the length of the part to 0.8 m 

results in larger predicted stress variations as shown 

in Fig. 10. Secondly, using a mold material with low 

thermal conductivity is expected to induce important 

stress gradients in the inlet region as illustrated in 

Fig. 11. Thirdly, it should be reminded that residual 

warpage of asymmetric laminates is mainly due to 

thermal stresses developing during cooling when the 

resin is in the glassy state [12]. For curved 

geometries, distortion could be more sensitive to 

variations of the thermochemical history when the 

resin is in the rubbery state.       

 

 

 

 

ICCM19 443



 

5  

5 Conclusion 

This study investigated the impact of the injection 

stage on the residual stresses and deformations 

induced by RTM manufacturing. The work was 

motivated by preliminary experimental observations 

showing some variations of process-induced 

warpage along the injection direction of asymmetric 

flat panels. To investigate this behavior, non-

isothermal filling and cure simulation were first 

conducted with PAM-RTM. Results showed that the 

evolution of degree of cure and temperature during 

processing could be influenced by the initial state 

resulting from the injection step. Factors such as part 

geometry, mold material and injection temperature 

notably influence the variations of the 

thermochemical history.     

Thermomechanical finite element analyses were 

conducted by transferring the results of filling and 

cure simulations to the standard commercial 

software ABAQUS. This sequential model allowed 

to consider the injection stage in the prediction of 

manufacturing stresses and distortion. Results show 

stress gradients that could not be predicted without 

taking into account the injection step. However, 

work is still needed to conclude about the necessity 

of adopting such approach. Future studies on this 

subject could investigate the possible impact of 

tool/part interaction and use more sophisticated 

material models. Further investigation will also 

require the use of adapted experimental techniques 

in order to detect small local variations of 

manufacturing distortion.  

 

Table 1. Viscosity and cure kinetics model 

parameters. 

A 15918 

B 3.1 

A1 (s-1) 0.133 

E1 (J.mol-1) 5080 

A2 (s-1) 8.5 

E2 (J.mol-1) 6630 

n 1.5 

m 1.42 

 

 

 

 

Table 2. Summary of materials thermal properties  

 Density 

(kg.m-3) 

Specific 

heat 

(J.kg-1.K-1) 

Conductivity 

(W.m-1.K-1) 

Fibers 2600 700 1 

Resin 1160 1110 0.25 

Aluminum 2700 900 237 

Invar 8125 510 13 

 

Table 3. Summary of materials properties used in the 

thermomechanical analysis 

Resin properties 

Stot (%) 3.2 αgel 0.33 

CTE1 (K-1) 191×10-6 CTE2 (K-1) 70×10-6 

E1 (MPa) 30 E2 (GPa) 3 νm 0.3 

T’ (°C) 12.6 D (°C) 4.8 
0

gT (°C) -35 


gT (°C) 137 λ 0.4 

Fiber properties 

Ef (GPa) 73 νf 0.2 CTEf (K-1) 5×10-6 

 

 

Fig.1. Asymmetric composite panel manufactured 

by RTM. 

 

 
Fig.2. Predicted temperature and degree of cure 80 

seconds after filling for the reference test. 
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Fig.3. Predicted thermochemical history for the 

reference test. 

 

 
Fig.4. Influence of part length on the predicted 

thermochemical history: (a) L =0.2 m ; (b) L =0.8m. 

 

 
Fig.5. Influence of part thickness on the predicted 

thermochemical history. 

 

 
Fig.6. Predicted thermochemical history with an 

injection temperature of 100°C. 
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Fig.7. Predicted thermochemical history with an 

invar tooling. 

 

 
Fig.8. Thermal expansion behavior of the fully cured 

resin. 

 

 
Fig.9. Predicted longitudinal stresses before 

demolding for the reference test. 

 

 

Fig.10. Predicted longitudinal stresses before 

demolding with a part length of 0.8 m.  

 

 

Fig.11. Predicted longitudinal stresses before 

demolding with an invar tooling.  

 

References 

[1] A. Johnston, R. Vaziri and A. Poursartip “A plane 

strain model for process-induced deformation of 

laminated composite structures”. Journal of 

Composite Materials, Vol. 35, No. 16, pp 1435-1469, 

2001. 

[2] Q. Zhu, P. H. Li and C. L. Tucker III “Dimensional 

accuracy of thermoset composites: simulation of 

process-induced residual stresses”. Journal of 

Composite Materials, Vol. 35, No. 24, pp 2171-2205, 

2001. 

[3] X. Zeng and J. Raghavan “role of tool-part 

interaction in process-induced warpage of autoclave-

manufactured composite structures”. Composites 

Part A, Vol. 41, No. 9, pp 1174-1183, 2010. 

ICCM19 446



[4] H. Golestanian and A. S. El-Gizawy “Modeling of 

process induced residual stresses in resin transfer 

molded composite parts with woven fiber mats”. 

Journal of Composite Materials, Vol. 35, No. 17, pp 

1513-1528, 2001. 

[5] J. M. Svanberg, C. Altkvist and T. Nyman 

“Prediction of shape distortions for a curved 

composite C-spar”. Journal of Reinforced Plastics 

and Composites, Vol. 24, No. 3, pp 323-339, 2005. 

[6] L. Khoun and P. Hubert “Investigation of the 

dimensional stability of carbon epoxy cylinders 

manufactured by resin transfer molding”. Composites 

Part A, Vol. 41, No. 1, pp 116-124, 2010. 

[7] M. R. Kamal “Thermoset characterization for 

moldability analysis”. Polymer Engineering and 

Science, Vol. 14, No. 3, pp 231-239, 1974. 

[8] E. Ruiz, C. Billotte, F. Morin Bernard, F. Cara and H. 

Baurier “Chemical and thermomechanical 

characterization of an epoxy resin during cure by a 

novel in situ measurement method”. Proceedings of 

18th International Conference on Composite 

Materials, Jeju Island, Korea, 2011. 

[9] A. T. DiBenedetto “Prediction of the glass transition 

temperature of polymers: a model based on the 

principle of corresponding states” Journal of Polymer 

Science, Part B: Polymer Physics, Vol. 25, No. 9, pp 

1949-1969, 1987. 

[10] C.C. Chamis “Simplified composite micromechanics 

equations for hygral, thermal and mechanical 

properties”. NASA Technical Memorandum, 1983. 

[11] R. A. Schapery “Thermal expansion coefficients of 

composite materials based on energy principles”. 

Journal of Composite Materials, Vol. 2, No. 3, pp 

380-403.  

[12] N. Ersoy, K. Potter, M. R. Wisnom and M. J. Clegg 

“Development of spring-in angle during cure of a 

thermosetting composite”. Composites Part A, Vol. 

36, No. 12, pp 1700-1706, 2005 

 

 

ICCM19 447



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 
In contrast to their high in-plane performance, 
composite materials are likely to undergo cracking at 
ply interfaces under out-of-plane loading, leading to 
interlaminar delamination. The use of reinforcing 
elements inserted through the thickness of the 
composite and sometime referred to as micro-
fasteners, such as Z-pins, stitches or tufts can 
increase the out-of-plane toughness and improve the 
delamination resistance of composites [1, 2, 3]. 
Through-the-thickness reinforcement (TTR) of 
polymer matrix composites by the process of robotic 
tufting has been demonstrated to increase 
significantly the mode I delamination resistance [4, 
5, 6] as well as improve the delamination 
performance in mode II [5]. The ultimate in-plane 
strength and stiffness may be reduced due to fibre 
breakage and local fibre misalignment generated 
during the tufting process [4]. However, the extent 
of improvement in out-of-plane performance and 
degradation of in-plane properties of tufted 
composite structures depends on the tufting thread 
type and size, fabric type and lay-up and parameters 
such as areal tuft density, and speed. The tufting 
process typically uses commercial threads made 
from carbon, glass or aramid, with the latter being 
the most robust [7].  
Recent studies have identified the fibre arrangement 
within and around the impregnated tuft as one of the 
critical aspects in determining the 
micro-mechanisms of failure and, eventually, the 
overall mechanical performance of the reinforced 
laminate [5, 8]. The particular fibre architecture in 
the vicinity of the tuft determines the distribution of 
features such as resin rich regions, fibre spreading, 
or variations in fibre volume fraction. The dry 
tufting thread conforms to the surrounding 
environment upon insertion and it becomes integral 
part of it after infusion; the final local morphology 
depends on its interactions with the surrounding 

composite during all the subsequent stages of 
manufacturing. 
Research studies have addressed the behaviour of 
tufted composite laminates made from non-crimp, 
woven and pseudo-unidirectional fabrics [2, 4, 5]. In 
contrast, no information is currently available on the 
delamination resistance of composite parts 
manufactured by automated dry fibre placement 
(ADFP) and reinforced by tufting. The ADFP 
technique uses sets of narrow slit tapes to produce 
the preform by means of robotic deposition. The 
deposition process is combined with consolidation 
due to the action of heat and pressure on binder pre-
dispersed in the fibre tows. Consolidated ADFP 
preforms are not as easy to tuft as standard, un-
bindered materials as the limited mobility of the 
fibres hinders the insertion of the tufting needle [7]. 
This limits the grades of suitable thread to the 
strongest, as brittle filaments tend to break upon 
insertion. The interaction of the thread with the 
particular surroundings of an ADFP consolidated 
preform may also influence the overall mechanical 
performance of the composite produced. 
This paper reports the use of a combination of 
techniques for the manufacture of a complex 
composite structure, the associated characterisation 
of the delamination performance and the implication 
of current knowledge on through-the-thickness 
reinforcement on the design of complex composite 
components.  

 

2 Manufacturing 

2.1 Procedure  

Automated tufting was applied to the case of a 
composite tail cone, developed within the European 
project ADVITAC [9], comprising a conical skin of 
variable thickness and incorporating openings as 
well as ten Ω-stiffeners. The aim of tufting was to 
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increase the performance of the skin-to-stiffener 
interface to a sufficient level to replace traditional 
mechanical fasteners. The development of the 
manufacturing process was divided into three main 
steps: (i) determination of auxiliary materials such as 
tufting thread and supporting material; (ii) 
implementation of automated tufting on the complex 
shape of the tail cone; and (iii) tufting of the final 
structure using a tufting head (KSL KL 150) 
mounted on a 6-axis robot (Kawasaki FS 20N).  
Preliminary tufting trials were carried out on flat 
panels in order to find an appropriate combination of 
tufting thread and supporting material. The latter is 
crucial as it affects the tufting loop formation and, 
depending on the geometry of the structure and its 
application, it may be left inside the structure during 
the entire service life, rather than being removed 
prior to infusion procedure [7]. The result of the 
tufting trials revealed that the SOMAC Kevlar

®
 

TKT40 thread suits the tufting process the best. The 
automated tufting process was preliminarily applied 
to a quarter of the tail cone containing only two Ω-
stiffeners and the support determined by the initial 
tufting trials (figure 1). Figure 2 illustrates the cross-
section of one of the stiffeners with the tuft layout 
and configuration. The dry preform was 
manufactured by ADFP deposition using Hexcel 
HiTape

®
 based on HexTow

®
 (table 1). Four tufting 

rows were inserted in each stiffener (two rows per 
flange at a distance of 5 mm), as shown in the inset 
in figure 3. The tufts had pitch of 5 mm. It should be 
noted that the tooling arrangement and part 
geometry necessitated ‘blind’ tufting, as there was 
no visual or physical access to the backside of the 
preform, where the foam into which the thread loops 
are formed was located, fully enclosed within solid 
channels hidden by the skin preform itself. As a 
consequence, the process relied solely on the use of 
CAD data for the accurate identification of the 
insertion points on the part. All tufting points and 
their insertion directions (approximately 13,000 for 
the full tail cone) were located on the CAD model, 
generated and exported in a format of point and 
vector coordinate triplets as ASCII file using CAT. 
Figure 4 illustrates an example of a stiffener in the 
CAD-file showing the tuft insertion points on two 
flanges and the corresponding vectors for one 
flange. An in-house code has been developed for 
tracking the spatial movement of the robot on the 
basis of the coordinates generated by the CAD file. 

The code uses an MS Excel interface for inputting 
the tufting point and vector triplets. Subsequently, 
the coordinates are transformed into the Cartesian 
coordinate system of the tufting robot by a 
coordinate transformation and a series of commands 
is sent to the robot controller to move it to the 
insertion location. This is repeated sequentially for 
each tuft insertion. It should be noted that the blind 
nature of the operation requires frequent checking of 
the position of the tufting needle with respect to the 
flange by the operator. A command button is 
incorporated in the interface, for enabling the 
adjustment of the needle position to the correct 
insertion point should this become necessary during 
the process.    

2.2 Challenges 

The tufting process of such a complex geometry 
component involves several challenges. The shape 
of the tail cone involves double curvature and 
variable preform thickness. Consequently, the 
accuracy of the coordinate transformation is of 
paramount importance. The transformation was 
determined by using at least four reference points on 
the tool within the envelope of the robot; with the 
use of more than four reference points being 
preferable to average out discrepancies between the 
actual and CAD geometry. This effect was 
intensified by the small width of the flanges, which 
naturally generates a less well-posed coordinate 
transformation when the reference points are close to 
a geometrical entity of interest of an elongated shape 
in order to minimise the effects of errors. 
Furthermore, the aim was to tuft parallel to the walls 
of the backing material grooves rather than normal 
to the skin; as a result the tufting head had to rotate 
along two axes. This led to a further challenge: the 
pressure foot did not lay flat onto the preform 
surface as in an ideal scenario. The role of the 
pressure foot is to compress the preform to near-net 
shape while the tufting needle penetrates it and, 
simultaneously, hold the inserted thread in place in 
order to avoid pulling out the previously inserted 
tuft. The fulfilment of this role relies on the correct 
inclination of the tufting head and may be facilitated 
by a lower tufting speed. In the case of tufting of the 
stringers, failure to address this issue might have led 
to hitting the tool with the needle during tufting, 
with the potential of damaging the needle and/or the 
tool.  
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The limited envelope of the robot compared to the 
size of the tool posed a significant challenge. The 
tufting of the whole tail cone was divided into ten 
steps: one half of two adjacent stiffeners were tufted 
within each step, with a new coordinate 
transformation being necessary at the beginning of 
each step. This increased the time and effort required 
for the process and also increased the probability of 
errors in the coordinate transformation process.  

The construction of the tufting head and the motor 
power to drive the needle shaft do not facilitate 
insertion through the bindered material. Repeated 
insertion leads to blunting of the needle tip which 
further hinders the process. Furthermore, local 
variations of the preform thickness generate further 
challenges as (i) thick areas are more difficult to tuft 
and (ii) thickness variation have to be mapped very 
accurately in the CAD representation of the 
geometry. This generates the need for manual 
facilitation of the insertion of the needle and 
frequent interruptions of the process for 
repositioning of the needle with respect to the 
preform and its normal direction. Possible 
enhancements of the process to overcome or limit 
some of these difficulties are the incorporation of 
information from the control of the fibre placement 
process in the CAD representation of the 
tooling/preform assembly and the heating of the 
preform during the tufting operation.   

 

3 Design for manufacture in tufted composites 

Reinforcement by tufting is still not fully explored in 
the design and manufacturing of composite 
structures. Many questions relevant to design 
optimisation arise when tufting of structures is 
considered and the information currently available 
can only partially resolve the associated issues. 

The definition of a tuft density governs the balance 
between achieving significant improvements in 
delamination toughness and degrading the in-plane 
properties. Naturally, there is minimum amount and 
an upper limit of tufts to be inserted to achieve 
adequate and efficient reinforcement for a composite 
structure. This has been investigated in [5] with 
testing specimens with two different areal tuft 
densities (0.5% and 2%) in mode I and mode II. 
Both densities improved the interlaminar toughness 

but also caused some defects such as resin rich 
pockets, and fibre misalignment and breakage 
leading to a reduction in compressive and tensile 
strengths. The choice of an appropriate areal tufting 
density also depends on the tufting thread diameter. 
The reasons for this are the generation of 
disturbances (fibre breakage and misalignment) into 
the dry fabric with too many tufts and resin rich 
pockets which might coalesce creating relatively 
large resin surfaces. On one hand, a thicker thread 
may offer higher load bearing capabilities, on the 
other hand the thickness is limited by the diameter of 
the needle eye through which the thread runs, and 
hence, crucial for the loop creation. Finally, tuft 
density, thread thickness and needle eye diameter 
are linked to each other and may affect the 
delamination performance of a structure. An 
efficient way to reinforce structures is localised tuft 
insertion with varying tuft density depending on 
structure loading conditions. It would be possible to 
tuft with thicker threads and adapt the tuft density to 
the thread thickness and the grade of reinforcement 
needed for the structures. The eye of the 
commercially available needles have a diameter of 
0.6-1 mm. Modification of the needle design to 
accommodate larger threads will necessarily imply 
an increase of the overall diameter of the needle in 
order to withstand the applied loads during the 
tufting process which, in turn, may have an effect on 
the level of damage caused to the fabric. 

Localised reinforcement of complex real-life 
structures, like the one described in the present 
work, usually involves tufting of preforms of 
variable thickness. In order to be able to tuft such 
preforms within the same process the needle 
penetration depth has to be adjusted according to the 
thickness of the substrate being penetrated. 
Commercial tufting heads mounted onto robots offer 
either mechanical adjustment of the penetration 
depth performed manually, or electronically 
controlled adjustments. In the latter case it is 
possible to program the tufting routine so that the 
penetration depth accommodates thickness 
variations. This type of implementation would 
guarantee a consistent tufting loop length and 
uniform structure thickness or fibre volume fraction.  

In principle, the possibility of controlling accurately 
the penetration depth may be beneficial also to the 
implementation of ‘partial’ tufting, i.e. the insertion 
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of the thread through a portion of the preform 
thickness rather than through the whole of its 
section. In this case, the tufting loops are created 
inside the fabric stack and are not visible on the back 
surface of the preform. The advantage of such 
arrangement is the reduction in thickness or volume 
fraction variation as no resin rich layer is created 
around the loops. The main disadvantages of such 
approach involve: difficulties in controlling the tuft 
length and thread deposition, a potentially less 
effective reinforcement when compared to full 
thickness insertion, and the creation of a resin rich 
area within the tufting loops inside the preform. The 
consistency of the loop length is governed to a large 
extent by the interaction between the thread and the 
dry preform. The friction keeps the thread and loops 
in place but frictional forces may vary locally due to 
fibre waviness and misalignment. 

Fully inserted tufts and the surface loops assist 
progressive failure of the structure since the 
increased influence of ‘snubbing’ may lead to thread 
ploughing into the composite prior fracture during 
pull-out. Delamination tests of partially tufted 
specimens have never been carried out and, 
therefore, no reliable result on the efficiency of 
partial tufts exists at this moment. An unusual way 
to achieve partial tufts with a consistent tuft length is 
tufting completely through the preform and 
trimming the surfacing loops off. Compared to 
conventional partial tufts , this could avoid the 
creation of a resin rich area within the tufting loop 
inside the preform and a uniform tuft length is 
guaranteed. 

A further potential use of partial tufting is around 
joints. In this case, tufts can be used to reinforce the 
interface by tufting through a few layers adjacent to 
it, whilst the majority of the material remains 
unaffected by the operation. This can potentially 
achieve a good compromise between enhancing the 
delamination resistance and degrading the in-plane 
properties for the adherends. The current technology 
also allows insertion of inclined tufts. Cross patterns 
are also possible. This capability can be used in two 
ways in real structures subjected to complex loading. 
The tufts can be oriented so that they can deal better 
with mixed mode delamination conditions when the 
mode mix is known a priori. Furthermore, in 
situations where the structure is under variable 
loading a variety of tuft orientations can be used to 

produce the equivalent of a quasi-isotropic response 
for the out-of-plane behaviour of a composite. 

 

4 Delamination behaviour – preliminary tests 

The influence of the thickness of the preform on the 
delamination response of tufted materials was 
investigated to evaluate the effects of thickness 
variation in real components. Studies on other 
through-the–thickness reinforcement methods, such 
as Z-pinning, have shown that increasing the 
laminate thickness increases the resistance to crack 
propagation [10].  

Delamination specimens were manufactured with 
two different thicknesses, 4 mm and 8 mm, 
reinforced by tufting through-the-thickness using an 
aramid thread (table 1) and tested in mode I. 

Sigmatex NCF carbon fabric of 1010 g/m
2
 weight 

was used with a [0/90]S layup. The fabric was laid-
up with the 0° ply orientation parallel to the 
longitudinal axis of the specimens. Four layers of the 
fabric were needed to produce the 4 mm thick 
specimens. A 50 mm long and 10 μm thick PTFE 
film was placed in the mid-plane to act as a crack 
starter. Tufts were inserted following a square 
pattern with an areal tuft density of 0.5% and 
keeping the loop length within 3-4 mm in order to 
avoid the formation of a thick resin rich layer. The 
tufted preforms were impregnated with HexFlow

®
 

RTM6 by resin transfer moulding (RTM), followed 
by curing, demoulding and cutting of the specimens. 
Load-introduction steel blocks were bonded with a 
structural adhesive (Huntsman Araldite 420). A 
schematic of a tufted mode I double cantilever beam 
specimen is illustrated in figure 5. For mode I tests 
the standard procedure for unidirectional composites 
without Z-reinforcement (ISO 15024:2001) was 
followed using a Zwick electro-mechanical testing 
machine with a 2 kN load cell.  

Figure 6 illustrates representative mode I R-curves 
which show an improvement by a factor of 2 and 2.5 
for 8 mm and 4 mm thick specimens, respectively, 
compared to the control. The GIC of the untufted 
specimen reaches a plateau at approximately 620 
J/m

2
. Tufting improves the crack propagation 

resistance to up to 1900 J/m
2
 for 8 mm thick 

specimens and 2000 J/m
2
 for 4 mm thick materials 

with an average value of 1300 J/m
2
 and

 
1600 J/m

2
, 
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respectively. All curves show a typical stick-slip 
behaviour which was also observed in [5] and it is 
believed to be a consequence of the presence of the 
non-structural stitches in the NCF and the tufts in the 
reinforced specimens.   

The observed effect of thickness is unexpected, 
since with increasing thickness the stiffness of the 
specimen rises restricting the bending of the beam 
halves. This leads to an interaction of several tuft 
rows which resist crack propagation. Hence, thicker 
specimens are expected to absorb higher energy 
levels and dissipate the energy at higher loads. It is 
also assumed that an increase in thickness enhances 
the frictional effects between the thread and the 
composite, as the extent of the interface is increased. 
The higher friction actually holds the thread in place 
and reduces the probability of thread pull-out during 
testing. It is possible that the micromechanics of 
failure of tufts have a different dependence on 
sample thicknesses than the previously observed 
dependence in Z-pinned laminates, nevertheless this 
requires further investigation. Single-tuft tests [8] 
are well suited to elucidate the effects of a single test 
parameter on the bridging behaviour of any micro-
fastener and results from these and further DCB tests 
in mode I and mode II will be included in the 
presentation.       
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Table 1. Material properties 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Material 
AS7  

carbon fibre 
Aramid 

Tensile Strength 4,830 MPa 2,920 MPa 

Tensile Modulus 241 GPa 71 GPa 

Ultimate 
Elongation at 

Failure 

1.8% 3.5% 

Density 1.79 g/cm
3
 1.44 g/cm

3
 

Weight/Length 0.800 g/m 0.092 g/m 

Tow Cross-

Sectional Area 
0.45 mm

2
 0.05 mm

2
 

Filament 

Diameter 
6.9 µm 12 µm 

Fig. 3. Tail cone made of carbon composite. The inset 

illustrates the detail of tufting on one of the stiffeners. Fig. 1. Quarter of the tail cone being tufted 

Fig. 2. Schematic of an Ω-stiffener cross-section 
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ainsert=50 mm 15 mm
sx=sy=4.5 mm 2h=4 mm / 8 mm

B=20 mm

L=170 mm

11 mm

Insert film Tufts

Fig. 5. Schematic of a tufted DCB specimen [5] 

Fig. 4. Demonstration of a stiffener in the CAD-file 

Fig. 6. Mode I delamination results  
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1 Introduction  
 
Recently, advanced polymeric materials from 
biopolymers derived from natural resources have 
attracted great interest due to the growing concern 
over environmental issues and limited petroleum 
resources. Especially in recent years, great efforts 
have been made in developing high performance 
bioplastic based blends and composites from 
renewable resources for use in applications for 
commercial product [1, 2]. One of the most 
promising and important research areas is 
developing biocomposites from bioplastic and nature 
fiber [1]. Combined bioplolymer with low cost 
nature fiber provide us new eco-friendly materials 
with attractive benefits such as biodegradability, 
value-added for natural products, high modulus and 
light weight, which exhibits a prospect of much 
wider application such as automotive parts and 
electronic products [1].   
In this regards, biodegradable plastics such as 
polyhydroxyalkanoates (PHAs), polylactide (PLA), 
and poly (butylene succinate) (PBS) produced from 
renewable resources are really appealing choice as a 
matrix for the biocomposites. As a most important 
biopolymer, PLA has been intensively investigated 
and used in biomedical application area due to its 
excellent biocompatibility and biodegradability [3, 
4]. In recent years, its full bio-renewability, 
commercial availability, and decreasing cost have 
attracted intensive scientific and industrial interest to 
expand its application in wide range of products.  
PLA possesses excellent stiffness and processability, 
which makes it a promising matrix for structural 
biocomposites application. However, neat PLA 
showed poor flexibility with an elongation only at 
about 4%. [3-4] Moreover, the low crystallinity 
results in poor heat resistance at high temperature. 
The inherent brittleness and poor thermal resistance 

of PLA significantly limits its wide potential 
application. To overcome the deficiency of PLA, 
extensive efforts have been performed including 
copolymerization, plasticization and physical 
blending. Copolymerization is a powerful approach 
to enhance the toughness and flexibility of PLA. 
However, most of the synthesized process needs 
expensive reagents, complicated steps and strict 
synthesis conditions, which are difficult and not 
suitable for industrial production [5]. Plasticization 
by blending with low molecular weight plasticizers 
is another widely used way. But, the occurred 
plasticizer aging during the long term use time is a 
greatly defect for this method [4-5]. Compared to 
chemical modification method, physical blending is 
more cost-effective way to modify the performance 
of the components. PLA has been blended with lot 
of flexible polymers such as poly (ε-caprolactone) 
and poly (butylene adipate-co-terephthalate), etc. [4, 
5] However, most of the work focused on the binary 
blend. In the binary blend, usually, the strength and 
stiffness of PLA were satisfied during the 
toughening of the PLA.       
       Poly(3-hydroxybutyrate-co-3-hydroxyvalerate) 
(PHBV) is another very promising biodegradable 
polymer derived from renewable resource with good 
thermal properties and comparable mechanical 
strength and modulus [2]. As well-known polymers 
produced directly by bacterial fermentation from 
renewable sources, PHBV possesses more excellent 
resistances to water, gas and high temperature of 
PHBV compared to other biodegradable polyesters. 
This unique property makes it an ideal choice to 
replace petroleum based plastic in using at high 
temperature. Nevertheless, commercial use of PHBV 
is highly hindered by its high cost, narrow 
processing temperatures, poor flexibility and 
toughness.  

A NEW BIODEGRADABLE BIOPLASTIC TERNARY BLEND AS NEW 
MATRIX SYSTEM FOR BIOCOMPOSITE USES   

 
K. Zhang1, A.K.  Mohanty 1,2 *,  M. Misra1,2,* 

1 School of Engineering, Thornborough Building, University of Guelph, Guelph, N1G2W1, ON, 
Canada.  

2 Bioproducts Discovery and Development Center, Department of Plant Agriculture, Crop 
Science Building, University of Guelph, Guelph, N1G2W1, ON, Canada.  

 
* Corresponding author (mohanty@uoguelph.ca ) 

 

ICCM19 455

mailto:mohanty@uoguelph.ca�


2 
 

     Flexibility and toughness are highly required 
performance for many applications at low 
temperatures. Among the biodegradable polyesters, 
PBS shows excellent flexibility with high elongation 
up to 300% at low temperatures. Nowadays, succinic 
acid and 1, 4 butandiol, the monomers used to 
synthesize PBS, can be produced from natural 
resources such as starch and oligosaccharides. This 
technological progress makes it possible to have  
reducing the dependence on petroleum resources [6]. 
Despite its advantages, the low strength and thermal 
properties of PBS also cannot fulfill the requirement 
for many structural applications.  
    As pointed out above, when used alone, none of 
PLA, PHBV and PBS can satisfy the requirement for 
the several structural and/or semi-structural 
biocomposites uses. The inherent deficiencies of 
these polymers have significantly hindered their 
applications as matrix for biomass fibers. The recent 
development of bioplastics has created a new trend 
in using bioplastic multiphase blends unlike 
individual bioplastic as matrix system for 
biocomposite applications. Multiphase polymeric 
materials including polymer blends and composites 
have drawn intense commercial interest due to the 
attractive combined properties, competitive cost and 
processing advantages [7-10]. A lot of efforts have 
been focused on developing multiphase materials 
from petroleum-based materials such as 
polypropylene (PP), polyethylene (PE) and 
polystyrene (PS) [7-9].  It has been approved that 
multiphase polymer blends is one of the most 
promising and inexpensive ways of obtaining new 
desirable combinations of properties to satisfy the 
increasing application requirement [8]. However, to 
best of our knowledge, only limited efforts have 
concentrated on the multiphase polymer materials 
from bioplastic from renewable resources [10]. 
Recently, we have reported the biorenewable and 
biodegradable ternary blend of PLA, PHBV and 
PBS to achieve a novel biopolymer matrix with 
balanced properties [3]. Our results suggested that 
multiphase polymeric blends is a promising way to 
obtain bioplastic matrix with  appropriated thermal 
properties, stiffness-toughness balanced 
performance and processing properties.   

In this work, based on the previous research, we 
further studied the new formulation of 
PLA/PHBV/PBS blend to achieve desired 
properties. Two new formulation of 

PLA/PHBV/PBS (45/45/10) and PLA/PHBV/PBS 
(20/60/20) were fabricated to achieve balanced 
mechanical and thermal performance. The 
mechanical properties were studied systematically 
and compared with neat PLA and PHBV.  
    

2 Materials, Methods and Characterization  

The PLA used in the present  work was bought from 
NatureWorks (USA). It is a injection-grade (PLA 
3251D) with a Mw of 5.5×104 g/cm3 and 
polydispersity index(PI) of 1.62. The PHBV (Mirel 
P1004, a product from Telles In.) is obtained from 
Competitive Green Technologies, ON, Canada.  
PBS, with trade name of Bionolle 1020, was 
procured from Toyo Plastics Co., Ltd, Japan, which 
is a product of Showa Highpolymer Co. Ltd, Japan 

Before blending, all the samples were dried at 80°C 
for at least 4 h in a conventional oven to get rid of 
the moisture. Blends of varying compositions were 
melt-processed by a micro-compounder (DSM-
Xplore, Netherlands). The length and L/D of the 
screws are of 150 mm and 18, respectively.  The 
barrel volume of the machine is 15 cm3. The 
extrusion was performed at barrel temperature of 
180 °C in a screw speed at 100 rpm. After processed 
for 2.5 min, a preheated cylinder was used to 
transfer the molten blend material to a preheated 
injection molder to prepare various test specimens. 
At the same time, the neat PLA and PHBV were also 
processed under the same condition to obtain the 
same thermal history. 
Tensile and flexural tests were performed on Instron 
universal testing machine (model 3382) at room 
temperature. The tensile and flexural test is 
performed according to ASTM standards D638 and 
D790, respectively. At least five samples were 
measured for each category.  
The Izod impact strength was measured by a Testing 
Machine Inc. (TMI) instrument according to ASTM 
D256. At least five notched samples were measured 
for each category. 
The morphology of the typical fracture surfaces 
obtained from impact test was observed by Hitachi 
S-570 scanning electron microscope (SEM). The 
samples were sputtered by gold before the test.  

3 Results and Discussion  

3.1 Tensile properties 
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Tensile properties of the neat PLA, PHBV and 
polymer ternary blends were firstly studied. Figure 1 
presented the tensile strength and modulus 
properties of neat PLA, PHBV and the ternary 
blends. The elongation was shown in Figure 2. As 
shown in the figures, neat PLA showed highest 
strength and modulus indicating its high stiffness.  
However, its elongation at break is only at 3.8%.  
For the neat PHBV, the elongation at break is 
slightly higher than that of PLA with a value up to 
10%. However, its strength and modulus is lower 
than those of PLA. The poor flexibility of PLA and 
PHBV are the main bottlenecks which significantly 
hinder their application in biocomposites and other 
potential applications. 

Blending with other flexible polymer is an widely 
used method to modify the flexibility of PLA and 
PHBV [4, 5]. When flexible PBS was added in the 
ternary blend, one can note in Figure 2 that the 
elongation at break of the blend was significantly 
improved compared to neat components. Especially 
for the blend PLA/PHBV/PBS (20/60/20), the 
elongation increased up to 72%, seven times higher 
than neat PHBV and almost 20 times higher than 
PLA. During the test, stable neck growth and 
obvious yield point were observed for the blend 
samples. This clearly suggested that a ductile 
fracture occurs during the tensile test. Toughening of 
a brittle polymer occures usually at the cost of its 
strength in binary blends [3, 4]. Compared to neat 
PLA, the stiffness of the blend was decreased due to 
the addition of soft PHBV and PBS phases. 
However, compared to neat PHBV, one can note 
that improvement in both the stiffness and flexibility 
were observed. This unique phenomenon can be  
explained by synergistic action performed by PBS 
and PLA phases. For PHBV in the multiphase 
system, the stiff PLA phase reinforced the strength 
and modulus, whereas the soft PBS phases improved 
the flexibility. An interesting combination of 
properties was achieved owing to the interplay of 
these phases in the ternary blend, which is unable to 
be achieved in the normal binary systems [3].  

 

 

3.2 Impact strength 

Figure 3 presented the impact properties of the 
ternary blends and neat polymers. As a typical brittle 

polymer, PLA showed only impact strength of 17 
J/m and the samples broke in brittle manners.  All 
the blends clearly showed higher toughness than 
neat PLA and PHBV. The impact strength for the 
blends was increased nearly to double times higher 
than that of neat PLA. However, compared to neat 
PHBV, the improvement in impact strength is not so 
obvious compared with the drastic improvement in 
elongation observed for the PHBV based blend. 
During the impact or tensile test, stress 
concentration occurred at the interface of the 
separated phases due to the interfacial cavitations 
and the different elastic property. The stress 
concentration initiated shear deformation of the 
phases, which is a high-energy-absorbing 
mechanism [3]. Followed the matrix yielding, the 
stress was then tranfered to the soft PHBV and PBS 
phases. Then to release the energy, the orientation of 
separated domains formed during the process. The 
corresponding amount of plastic deformation 
effectively improved  the toughness by dissipating 
the energy. However, for PLA minor phase in the 
blend PLA/PHBV/PBS (20/60/20), its high stiffness 
inhibited its deformation under the test. 
Consequently, the improvement of the toughness of 
the blend with PHBV as matrix was not so evident.   

Figure 4 showed the typical morphology of fracture 
surface of neat components and the 
PLA/PHBV/PBS (45/45/10) blend. One can clearly 
noted that neat PLA showed typical brittle fracture 
manners. smooth surface without apparent matrix 
yielding was observed. Neat PHBV showed better 
toughness compared to PLA. In order to figure out 
the role of different phases during the fracture 
process, high magnification was adopted for the 
PLA/PBV/PBS (45/45/10) blend.  

For the blend PLA/PHBV/PBS (45/45/10), it was 
found that the surface was rougher than neat PLA, 
which also indicated that the matrix yield during the 
test. Although it was difficult to clearly distinguish 
the different phases due to the yield deformation, 
some ovals cavities were still visible. This may be 
attributed to the deboning occurred at the interface 
near the different phases. Moreover, the matrix 
deformation around the cavity was also observed 
which resulted in a favorable toughening effect [4]. 
The morphology of the fracture surface confirmed 
the above mechanism to some extent. This 
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mechanism also was applied to the tensile test 
process. 

 

3.3 Flexural properties  

The pursuit of the balance of strength and toughness 
is a key target in polymer blend. Unfortunately, 
these properties are  of conflict during a melt 
blending in usual [3]. Flexural characterization can 
directly provide the information of the stiffness of 
the materials. Figure 5 showed the flexural 
properties of the samples. Neat PLA showed highest 
flexural strength with a value up to 114 MPa and 
flexural modulus up to 3.8 GPa. However, the 
flexural modulus of PHBV is just at 1.5 GPa 
indicating the relatively poor stiffness compared 
with PLA. All the blends showed the strength and 
modulus values  at intermediate of the neat PLA and 
PHBV. The blend with 45 wt% PLA showed higher 
modulus and strength than the blend with only 20 
wt% PLA added. The strength and modulus 
decreased with the content of PLA decreasing, 
which suggested that the stiff PLA phases play an 
positive role in enhancing the strength of the blends. 
The decreased stiffness in the blend was mainly 
attributed to the addition of soft PBS. The more 
content of PBS added, more dramatic decrease in 
strength occurred. Consequently, optimizing the 
formulation of the three components in the ternary 
blend is one of key point to achieve   the balanced 
performance. This is also true for other properties 
such as thermal resistance.   

 

4 Conclusion 

In the present work,  we fabricated PLA/PHBV/PBS 
ternary blend to obtain novel bioplastic matrix for 
natural fiber biocomposites.  Our results indicated 
that multiphases system of PLA, PHBV and PBS 
provided us a simple and effective way to develop a 
new matrix system for biomass fiber. Compared to 
neat components, the ternary blends of 
PLA/PHBV/PBS showed good balanced mechanical 
properties. Especially for the PHBV based blend, a 
unique stiffness-toughness balance achieved due to 
the positive combination effect of PLA and PBS 
phases. Although the PBS used in present work is 
not biobased polymer, the developing of biobased 
PBS from renewable sources has made substantial 

progress recently. The inherent biorenewable 
characteristic and full biodegradability makes this 
PLA/PHBV/PBS multiphases system a very 
promising alternative to petroleum plastic for the 
biocomposites application. The other properties of 
the mutiphases system are under investigation. The 
biocomposites based on the multiphase bioplastic 
system are also under progress.  
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Fig. 1. Young’s modulus and tensile strength of 
PLA/PHBV/PBS ternary blends: (A) Neat PLA; (B) 
Neat PHBV; (C) PLA/PHBV/PBS (45/45/10); (D) 
PLA/PHBV/PBS (20/60/20).  

 

 

 

Fig. 2. Elongation of PLA/PHBV/PBS ternary 
blends: (A) Neat PLA; (B) Neat PHBV; (C) 
PLA/PHBV/PBS 45/45/10; (D) PLA/PHBV/PBS 
20/60/20. 

 

 

 

Fig. 3. Notched Izod impact strength of 
PLA/PHBV/PBS ternary blends: (A) Neat PLA; (B) 
Neat PHBV; (C) PLA/PHBV/PBS (45/45/10); (D) 
PLA/PHBV/PBS (20/60/20).  
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(A) 

 

(B) 

 

(C) 

Fig. 4: SEM morphology of typical impact surface  
of (A) neat PLA, (B) neat PHBV, 
(C)PLA/PHBV/PBS (45/45/10). 
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Fig. 5. Flexural modulus and strength of 
PLA/PHBV/PBS ternary blends: (A) Neat PLA; (B) 
Neat PHBV; (C) PLA/PHBV/PBS (45/45/10); (D) 
PLA/PHBV/PBS (20/60/20).  
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Abstract 

Anionic polyamide-6 (APA-6) is a thermoplastic 

polymer that is rapidly polymerized from activated 

monomer solutions with very low initial viscosity.  

The advantage of APA-6 is its suitability for liquid 

infusion of fiber reinforced laminates which is a 

manufacturing process typically reserved for 

thermoset resin systems.  In this work, pristine 

graphite nanoplatelets (NGPs) are introduced in the 

laminates to increase the thermal conductivity of the 

fibrous preform to enhance polymerization.  The effect 

of NGPs on the polymerization and thermal properties 

of anionic APA-6 was investigated for concentrations 

of 0.05, 0.1, 1.0 and 2.0 wt. %.  Measurements of the 

‘induction time’, the duration of low viscosity during 

polymerization, were obtained directly through 

rheological tests and indirectly through differential 

scanning calorimetry (DSC).  NGP concentration was 

measured to have no effect on the induction time for 

the concentrations investigated.  The presence of NGP 

showed little to no detrimental effect on polymer 

properties including crystallinity, thermal stability, 

conversion efficiency and melt temperature.  During 

polymerization, distinct phases appeared from initially 

homogeneous NGP/monomer solutions due to settling.  

The ‘graphite rich’ phase in each sample had an NGP 

concentration of approximately 9 wt. % which was 

independent of the nominal NGP concentration.   

1 Introduction 

Thermoplastic composites are used extensively by 

automotive, mass transit and other industries. Current 

applications are generally limited to short fiber 

composites formed by injection or compression 

molding processes.  To take full advantage of the 

reinforcement fibers, continuous tapes or other 

thermoplastic pre-impregnated layers can be stacked 

and consolidated in an autoclave.  Liquid infusion 

techniques are much more economical compared to 

autoclave consolidation.  The technique can be 

employed for thermoplastics by significantly reducing 

either the viscosity of the resin or the flow distance.  

Liquid molding of APA-6 to produce continuous fiber 

thermoplastic composites is a novel technology with 

tremendous potential, yet the technique has only 

achieved limited industrial adoption[1, 2].  Some of 

the challenges with the technology arise in the strict 

thermal requirements of polymerization.  If the 

polymerization occurs just below a critical value of 

around 150°C, low molecular weight oligomers will 

be produced which act as imperfections in the 

polymer[3].  If the polymerization temperature is 

sufficiently below the critical value, bulk polymer 

formation can be disrupted entirely.  A case study is 

shown in Fig. 1 when a previously validated[4] 

vacuum-assisted resin transfer molding (VARTM) 

process for thin carbon fiber laminates was attempted 

for a thick glass fiber sample.  In this technique, heat 

is applied from the bottom tool surface alone after 

infusion.  For thick sections of glass fiber, the thermal 

conductivity of the infused preform was not high 

enough to ensure complete polymerization at the top 

surface, thus causing the defect. 

This study is an effort to overcome the challenges of 

APA-6 polymerization with the addition of graphite-

based platelets.  Excellent thermal conductivity of 

graphene on the order of 5000 W/m∙K[5] and 

improved conductivity occurring around 1 wt. %[6] 

make NGPs an ideal choice to improve heat 

conduction in thick laminates.  These nanoparticles as 

purchased have properties such as specific surface area 

(13m
2
/g) and an aspect ratio of (35:1 diameter to 

thickness) that are beneficial for mechanical 

enhancement of the final composite matrix[7].  

Additionally, carbon reinforcements have been shown 

to effectively nucleate spherulites during 
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crystallization of polyamide-6 thus improving 

interfacial bond strength[8].  This may also be true for 

NGPs. 

Once thermal and contamination issues are addressed, 

the nature of APA-6 lends itself well to liquid infusion 

processes.  The molten monomer, ε-caprolactam, at 

100°C has a very low viscosity of ~10
-3

 Pa-s.  This 

state endures for a finite time, termed as the ‘induction 

time’ and is highly dependent on the solution 

temperature history and the reactivity of the 

polymerization reagents[3].  To increase the induction 

time in other studies[4, 9], the fiber preform was 

infused at a lower temperature and quickly heated to 

the polymerization temperature, 150°C.  The dis-

advantage of this approach for thick laminates is the 

danger of insufficient heat transfer causing 

polymerization to occur at a lower temperature in the 

center of thick sections and thus causing molecular 

weight oligomers to be formed instead of high 

molecular weight polymer[10].  Matched tooling at the 

proper reaction temperature in conjunction with a 

relatively slow activator has shown the best promise in 

current investigations. 

The end of the induction time was marked by an 

exponential increase in solution viscosity and a 

concurrent exotherm[3].  The coincidence of the heat 

release with the increase in viscosity allowed for 

inferred measurements of the induction time to be 

made using differential scanning calorimetry (DSC) to 

validate direct rheological measurements of solution 

viscosity. 

With the goal of a long induction time, larger and 

thicker laminates are more easily filled, however, pre-

mixed suspensions of monomer and unmodified filler 

materials, such as NGPs, are afforded time to separate 

[11].  In this study, pristine NGPs were allowed to 

settle during cure to identify the equilibrium 

concentration of nanoparticles in APA-6.  Definite 

phases appeared after polymerization and were 

denoted as ‘graphite rich’ and ‘graphite poor’.  Local 

graphite concentration was therefore unknown and 

was approximated experimentally using thermo-

gravimetric (TGA) analysis.  The effect of NGPs on 

APA-6 was also investigated with DSC analysis to 

verify that the nanoplatelets can be introduced without 

penalties to final polymer thermal properties. 

2 Experimental 

2.1 Materials 

Commercially available anionic polymerization grade 

ε-caprolactam was used without purification 

(Brueggemann AP-Caprolactam).  A Caprolactam 

magnesium bromide activator and a blocked 

diisocyanate initiator were also used as-purchased 

(Bruggolen C1 and C20, respectively).  Polar 

nanographite platelets of 99% carbon with average 

diameter of 3.5 µm and thickness of 50-100 nm were 

used as-received (Angstron N008-100-P). 

2.2 Sample Preparation 

A mixture of ε-caprolactam, activator, and initiator 

was ground with a mortar and pestle in a glove box 

with relative humidity <15%.  Proportions were 

combined by weight of ε-caprolactam as 7% activator 

and 2.5% initiator.  The dry powder was combined 

with NGP platelets in appropriate weight fractions to 

obtain concentrations of 0, 0.05, 0.1, 1.0 and 2.0 wt. % 

NGP.  The powder mixtures were placed in sealed 

glass vials and mixed using a vortex mixer until 

visibly homogeneous.  For rheology experiments, 

some dry powder from each mixture was pressed into 

a disc of approximately 18mm diameter and 2-4 mm 

thickness using a pellet press die in the dry glove box.  

To obtain very small yet homogeneous samples for 

DSC, the sealed sample vials were heated in a 

convection oven at 100°C just until all reagents were 

melted.  The vials were promptly removed and 

homogenized using a vortex mixer until the monomer 

solution solidified once again.  DSC samples of the 

solidified monomer solution were extracted in the dry 

glove box to ensure minimal moisture exposure.  The 

vials were sealed loosely and the remaining monomer 

mixture was polymerized at 150°C in a convection 

oven for 120 minutes.  As-cast nanocomposite 

samples were machined within 3 hours with a single-

flute cutter to obtain 2mm x 3mm x1mm thick chips 

from both the graphite rich and graphite poor regions, 

separately, as shown in Fig. 2.  Any surface residue 

was machined away before sample chips were 

collected.  The chips were sealed in plastic sample 

bags and tested within 48 hours to limit moisture 

absorption from the air. 
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2.3 Rheology 

Rheological measurements were made using a TA 

Instruments Advanced Rheometer and a TA AR2000 

Controller.  Plates were flat aluminum and 25mm in 

diameter.  The purge gas was standard grade 

compressed nitrogen.  The heater temperature was set 

to 150°C, and once the instrument reached 

temperature, a portion of a pre-mixed sample pellet 

was placed between the open plates.  The gap was 

immediately closed to a distance of 200 microns.  An 

isothermal oscillatory time sweep was performed at a 

frequency of 1 s
-1

 and 0.5% strain.  Time between 

sample insertion and procedure start was recorded for 

each run.  The rheometer time sweep procedure was 

allowed to continue past the point where the storage 

modulus η’ crossed the 10 Pa∙s mark, at which the 

time was recorded.  The total induction time was the 

sum of the two time periods from sample insertion to 

viscosity rise above 10 Pa∙s. 

2.4 Thermogravimetric Analysis 

A Du Pont Instruments Thermogravimetric Analyzer 

(TGA 2950) was used for thermal stability analysis.  

As-cast sample chips were ramped to 600°C at 20°C 

per minute in nitrogen.  Temperature at 10% mass loss 

T90 and the temperature at the maxima of the 

derivative of mass with respect to temperature Tmax 

were recorded.  Residual mass at 600°C was recorded 

for all samples for estimation of NGP concentration.  

A sample of pure NGPs was also run with the same 

settings and its residual mass percentage was recorded 

to adjust concentration calculations. 

2.5 DSC 

Polymerization time and thermal properties were 

obtained using a TA Instruments DSC and a TA Q100 

Controller equipped with a refrigerated cooling system 

(RCS).  Samples of the homogenized and solidified 

monomer solutions were sealed in hermetic aluminum 

pans while inside a dry glove box with relative 

humidity of <15%.  Monomer solution samples were 

brought to thermal equilibrium at 40°C.  Time 

recording was started immediately after the 

equilibrium step.  Temperature was then brought to 

150°C in a step fashion, or as quickly as possible, and 

held at isothermal conditions.  Logarithmic heat flow 

was measured versus time.  The time was recorded 

when the exothermic heat flow signal was greater than 

10
-4

 mW. 

As-cured chips from graphite rich and graphite poor 

phases were sealed in aluminum hermetic pans.  The 

DSC procedure was as follows: heat from 40°C to 

320°C and cool from 320°C to 40°C both at 10°C per 

minute.  Heat of melting ΔHm, heat of fusion ΔHC and 

corresponding temperatures Tm and Tc, respectively 

were obtained using TA Instruments Universal 

Analysis software.  Heats of melting were compared 

against the theoretical heat of fusion ΔH
°
m for a perfect 

crystal of APA-6 of 230 J/g from the ATHAS 

database[12].  Data presented was normalized against 

the control sample with 0.0 wt. % NGP. 

2.6 Polymer Conversion 

The mass of 10 as-cast chips from the graphite poor 

regions was obtained using a Mettler DeltaRange 

balance (AT261) to 4 significant figures.  The chips 

from were boiled in distilled water for 60 minutes and 

dried in a convection oven at 120°C for 60 minutes.  

The final dry mass was recorded.  Conversion was 

calculated as a mass ratio of washed and dried 

polymer to the initial mass. 

3 Results and Discussion 

3.1 Qualitative Observations 

Homogeneity of the dry powder samples was visibly 

uniform throughout as can be seen in Fig. 3, although 

granules could be seen of the dry powder constituents.  

After melt-homogenization, the samples were 

completely uniform without any evidence of 

segregation or settling of the NGPs.  There were 

qualitative differences between the samples during the 

casting step in the convection oven.  Samples with low 

concentration polymerized uniformly and completely 

filled the bottom of the flask.  As concentration of 

NGPs increased, there was unreacted monomer 

surrounding the bulk polymer which over time 

evaporated away leaving a slightly under-sized sample 

at the bottom and some residual monomer film on the 

surface.  The simplest explanation for this 

phenomenon is that there must have been residual 

moisture adsorbed within the NGPs which can 

inactivate the monomer anion[13].  In each sample, 

the NGPs settled to the bottom of the vial.  The 

thickness of the graphite rich layer increased with 
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increasing nominal concentration.  The color of the 

graphite poor region was mostly homogeneous and 

darker in color with increasing initial NGP 

concentration. 

3.2 Polymerization Characteristics 

Rheological measurement of were obtained for all 

concentrations, 0%, 0.05%, 0.1%, 1.0% and 2.0% and 

a typical plot of storage modulus η’ is shown in Fig. 4.  

It should be noted that the initial monomer viscosity 

was also essentially unaffected by the nominal 

concentration of NGP.  Further evaluation is necessary 

to determine more accurately the relationship between 

monomer solution viscosity and NGP concentration.   

At 150°C and over several minutes, significant 

amounts of monomer evaporated despite a very thin 

gap of 200 microns.  Due to this effect, the final 

polymer formed did not cover the entire disc, which 

invalidates actual values of viscosity; however, since 

the viscosity rise is very rapid, the effect on induction 

time measurements was deemed insignificant.  Since 

moisture contamination was also a possibility in the 

rheometer which could affect the polymerization rate, 

DSC data points were taken to validate the rheological 

measurements. 

A typical isothermal cure curve from DSC analysis is 

shown in Fig. 5.  Temperature and logarithmic heat 

flow are shown.  The induction time was taken as the 

time at which the heat flow was greater than 10
-4

 mW.  

It is clear that the heat rise is very sudden and only 

visible on a logarithmic scale since the sample mass 

for DSC is on the order of 10 mg.  A plot of all data 

points obtained by both rheology and DSC analysis for 

induction time is shown in Fig. 6.  Both methods result 

in a similar average value for induction time with 570 

s for DSC and 480 s for rheology.  One explanation 

for this difference is that DSC analysis has tight 

control on temperature and a very small sample size, 

whereas the rheology sample size is larger and could 

self-heat which can accelerate the polymerization 

rate[14] thereby shortening the induction time.  The 

presence of NGPs in the monomer shows no 

significant effect on induction time with the utilized 

methods. 

3.3 Thermal Properties 

Thermogravimetric analysis was done to determine the 

effect of NGPs on thermal stability and to estimate the 

concentration of NGPs in each of the phases.  The 

temperatures of 10% mass loss and maximum loss rate 

are shown in Table 1 as T90 and Tmax, respectively.  

The neat APA-6 polymer had higher temperatures for 

both properties. 

For each concentration, the residual mass percent of 

the graphite poor phase was subtracted from the 

residual mass of the corresponding graphite rich 

phase.  The total was adjusted by the residual fraction 

of the pure NGP sample at 600°C, Xpure, per Equation 

(1) and is shown in Table 1 as CNGP.  Since residual 

mass of the graphite poor phase was comparable to 

that of neat APA-6 as illustrated in Fig. 8, it was 

assumed that the contribution by mass of NGPs is 

negligible for further calculations for those samples.  

In some cases, the residual from pure polymer was 

higher than the nanocomposite samples indicating that 

TGA could not be used to determine the graphite 

concentration of the graphite poor phase. 

            
      

       

     
 (1)  

DSC heat-cool plots were obtained for each sample 

type.  The maxima of the melting and cooling heat 

flow peaks are recorded in Table 1 as Tm and Tc, 

respectively.  The heat of melting was calculated by 

linear integration of the endothermic peak                                                                                                                                                                                                                                                                                                                                                                              

and is denoted as ΔHm.  Percent crystallinity was 

calculated as shown in Equation (2) adjusting for NGP 

concentration in the rich phases and is denoted as α 
(%). 

          
   

           
 
 (2)  

Crystallinity was normalized by the value for neat 

APA-6 and plotted in Fig. 9.  Heats of fusion ΔHc 

shown in Table 1 were calculated from a linear 

integral of the cooling exotherm and adjusted for NGP 

concentration.  The heats of fusion shown in Fig. 10 

were normalized against the value for the neat APA-6 

control sample. 

The presence of NGPs shows no significant effect on 

the melt and solidification temperatures of the graphite 

poor regions making them comparable to neat APA-6.  

Graphite rich melt and solidification temperatures are 
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slightly decreased and increased, respectively for 

higher nominal concentrations as illustrated in Fig. 11. 

4 Conclusions 

This work confirms that NGPs do not adversely affect 

the induction time of APA-6 for liquid infusion and 

can be used without affecting the final polymer 

thermal properties.  The settling of NGP into distinct 

phases is a challenge to be addressed through 

improved dispersion techniques. 

 The primary goal of the study was to determine 

the effect of NGPs on the induction time of APA-

6 polymerization.  The results of both rheological 

studies and DSC show no such effect.  Monomer 

viscosity at the start of rheological measurements 

showed no change with NGP concentration. 

 Cast samples of varying nominal NGP 

concentrations tended to separate into two distinct 

phases: one graphite rich and one graphite poor.  

The graphite rich phase had a concentration of 

approximately 9 wt. % as measured by TGA 

analysis and was independent of nominal NGP 

concentration.  The graphite poor phase graphite 

concentration was not measurable with the utilized 

methods, but noticeable variation in color was 

visible with higher nominal concentrations 

corresponding to darker color. 

 The presence of unmodified NGPs had no 

measureable effect on the thermal stability of 

APA-6 through DSC analysis. 

 Crystallinity of as-cast APA-6 was perhaps 

slightly increased but mostly unaffected by the 

presence of NGPs for concentrations up to 2.0 

wt.%. 
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Table 1.  Thermal data collected from DSC, TGA, and Conversion %. 

 

 
Fig. 1.  The bottom surface of the thick glass fiber 

reinforced VARTM panel showing good polymerization 

(left) and the top surface of the sample showing incomplete 

polymerization due to insufficient heat conduction (right). 

 
Fig. 2. As-cast sample with concentration of 1 wt. % NGP 

showing the distinctive graphite rich (bottom) and graphite 

poor  (top) regions and the machined chips from each. 

 
Fig. 3. Mixed powder samples from neat to 2 wt. % NGP 

(left to right) showing homogeneity after hand grinding 

and vortex stirring. 

 
Fig. 4.  Typical complex viscosity during polymerization, 

η’ ● with oscillatory frequency of 1 s
-1

 and 0.5% strain for 

0.1 wt. % NGP. 

T90 (°C) Tmax (°C) R (%) CNGP (wt. %) Tm (°C) ΔHm (J/g) α* (%) Tc (°C) ΔHc* (J/g)

Graphite Poor-2% 393 493 1.12 † 217 102 45 189 72.1 97

Graphite Poor-1% 386 489 0.96 † 208 84.7 37 187 75.2 98

Graphite Poor-0.1% 385 490 1.00 † 209 84.3 37 177 73.0 97

Graphite Poor-0.05% 382 486 0.00 † 214 77.8 34 173 70.3 97

Graphite Rich-2% 389 483 11.45 11 223 94.8 46 182 78.2 -

Graphite Rich-1% 405 491 10.58 10 221 100 48 181 92.6 -

Graphite Rich-0.1% 378 461 7.40 7 218 84.6 39 187 84.1 -

Graphite Rich-0.05% 398 485 10.00 10 218 74.2 36 187 84.4 -

Neat APA-6 408 492 1.20 0 219 101 44 181 84.3 98
NGP Pure - - 97 - - - - - - -

* Adjusted by weight fraction of NGPs. † No measurable difference from neat APA-6
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Fig. 5.  A typical DSC curve showing temperature (blue) 

and heat flow (black) for 0.1 wt. % NGP. 

 
Fig. 6.  Induction times determined by rheology ◊, DSC ■ 

and the overall average --- of 500s. 

 
Fig. 7.  Temperatures of 10% mass loss and maximum loss 

rate by TGA. 

 
Fig. 8.  TGA curves from both phases: graphite rich 

(black), graphite poor (grey), and neat *. 

 
Fig. 9.  Crystallinity as measured by DSC, adjusted for 

NGP concentration and normalized by neat APA-6. 

 
Fig. 10.  Heat of fusion as measured by DSC, adjusted for 

NGP concentration and normalized by neat APA-6. 
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Fig. 11.  Temperatures of melting (black) and cooling 

(blue) as determined by local maxima of DSC peaks. 

0

50

100

150

200

250

0

50

100

150

200

250

0% 1% 2%

T
c 

(°
C

) 

T
m

 (
°C

) 

Nominal NGP Concentration (%) 

Graphite Rich

Graphite Poor

Neat APA-6

Graphite Rich

Neat APA-6

Graphite Poor

ICCM19 471



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Abstract 

 

Time-independent and time-dependent damage (TID 

and TDD) in multidirectional polymer composite 

laminates develop during manufacturing due to 

process-induced residual stress as well as during 

quasi-static loading and creep loading, degrading its 

modulus and strength. A model to predict both time-

independent and time-dependent transverse cracking 

in multiple plies of a multidirectional polymer 

composite laminate is presented.   The stress state in 

the intact regions of the plies are determined using 

the lamination theory and incremental loading to the 

desired load. The stored elastic energy, determined 

using this stress state, is compared with a critical 

value for failure to determine if a ply would fail after 

the increment. If failure is predicted, variational 

analysis is used to determine the perturbation in ply 

stresses due to cracking and the crack density. The 

new stress state is used to determine the laminate 

modulus after cracking and the ply stress after next 

increment. This procedure is repeated to determine 

the crack evolution and the degradation in modulus. 

Model predictions compare very well with 

experimental results for a [±θm/90n]s laminate. 

 

1 Introduction 

  

Polymer matrix composites exhibit time-dependent 

degradation in modulus (creep) and strength (creep 

rupture) due to the viscoelasticity of the polymer 

matrix. Additional contribution comes from various 

damage modes that evolve with time in polymer 

composite laminates, such as transverse cracking, 

vertical cracking, delamination, as well as 

interaction among them. These damage modes can 

develop during curing and cool-down process from 

the curing temperature to room temperature as well 

as quasi-static loading to the creep load, known as 

Time-Independent Damage (TID) and with time 

under constant creep load known as Time-

Dependent Damage (TDD). These damage modes 

evolve in multiple plies sequentially as well as 

simultaneously depending on the loading conditions, 

temperature and stacking sequence. Evolution of 

TID and TDD influences the creep and creep rupture 

of polymer composites. Published research (both 

experimental and theoretical) on TID and its effect 

on modulus of composite is extensive [1-40]. While 

these have focused on a single damage mode in a 

single ply group, few studies have focused on 

multiple TID damage modes [2, 3, 12, 17, 33]. 

While there are few studies on the effect of single 

mode of damage on creep [41, 43-48], there are no 

studies modeling of TID and TDD evolution in 

multiple plies and the impact of both TID and TDD 

on creep and creep rupture of multidirectional 

polymer composite laminates.  

 

In this paper, an analytical model based on 

variational analysis along with critical stored elastic 

energy as the failure criterion has been developed to 

predict the simultaneous evolution of TID and TDD 

in multiple plies and their influence on creep of 

multidirectional polymer composite laminates.  Only 

one damage mode, i.e. transverse cracking, has been 

focused in this paper.  

 

2 Model 

The developed model is comprehensive and 

considers the three zone of process and load history 

identified in Fig. 1. A block diagram of the 

developed creep model is provided in Fig. 2 and it 

consists of four integrated modules. The Process-

Induced Stress (PIS) module predicts the ply stress 
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state for an imposed process history. The Quasi-

Static Load (QSL) module predicts the stress state 

for an imposed load profile with initial values input 

from PSI module.  The Static Load (SL) module 

predicts the stress state as a function of time during 

creep with initial values input from QSL module.  

All these modules use lamination theory to predict 

the stress state in the plies during each incremental 

change in the variable relevant for a given zone, 

indicated in Fig. 1. Incremental change in 

temperature (ΔT), load (Δσ), and time (Δt) are the 

variables corresponding to PSI, QSL, and SL 

modules, respectively. This incremental analysis is 

required to take into account the change in material 

properties with the change in the magnitude of 

identified variables as well as perturbation in 

stresses due to TID and TDD.  During each 

incremental step, each of these modules will 

determine the stored elastic energy and compare it 

with a critical energy limit to predict if a ply would 

fracture during that step. The critical stored elastic 

energy for fracture for each ply of the laminate was 

determined using unidirectional composites, 

applying the model and the approach developed by 

Raghavan and Meshii [49]. If a fracture is not 

predicted, the variable is changed by a pre-

determined magnitude and the simulation procedure 

is repeated. If failure is predicted, a fourth 

Variational Analysis (VA) module, shown in Fig. 2, 

is accessed. This module is the core of this creep 

model and predicts perturbation in the stress state of 

a ply due to cracking as well as the new crack 

density, which would be input to the module that 

invoked the VA module. Using this data, the module 

that predicted fracture recalculates the average stress 

state in the plies of the laminates, average stress and 

strain on the laminate, and modulus / compliance of 

the laminate. These along with crack density are 

output by the PIS, QSL, and SL modules as a 

function of simulation variables used in those 

modules.  

 

2.1 Variational Analysis (VA) Module 

When a crack occurs in one ply, the stress state in all 

plies of the laminate will be altered. The main goal 

of the variational analysis is to determine an 

admissible stress state that satisfies the equilibrium 

equations, interface continuity conditions, and 

traction boundary conditions. Consider a [θm/90n]s 

laminate that has developed a crack density of , 

θ), and θ) in [90], [-θ], and [+θ] plies 

respectively, as shown in Fig. 3, in response to a 

uniaxial stress (σxx) applied parallel to the 

longitudinal axis of the laminate. The crack density 

λ(k) is equal to 1/(2a(k)), as shown in Fig. 3. thk is the 

thickness of each ply, and h1 and h2 are the distance 

of the top surfaces of [-θ] and [+θ] plies from the 

symmetry line. Since crack density in various plies 

is the not the same at any given stress, the entire 

gage length of the laminate, shown in Fig. 3 is used 

in modeling. When there is no crack, the plies of the 

laminate are in plane stress condition stresses in the 

plies are determined using the lamination theory. Let 

a new crack forms in a ply (e.g., [90]) of [θm/90n]s 

laminate during an applied stress increment, Δσ, 

from σxx,i-1 to σxx,i. The stress distribution among the 

plies would change and a three dimensional state of 

stress would be introduced. The new stress state in 

each ply at applied stress is given by 
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where φ(k)(x), ψ(k)(x), and η(k)(x) are the axial, 

transverse, and shear  perturbation stresses for  ply 

(k), respectively. 

 

Substituting the general form of stress distribution 

given by Eq. (1)-(3) into equilibrium equations and 

applying the appropriate boundary conditions, 

equations for the stress state in each ply are 

obtained. Then, the obtained stress state contains 

three unknown perturbation stresses (i.e., φ(k)(x), 

ψ(k)(x) and η(k)(x)) for each layer (total of nine 

unknowns) were input to the complementary energy 

integral. In order to determine these perturbation 

stresses, the principle of minimum complementary 

energy is applied. The Euler-Lagrange equations 

were derived by first variation of each 

complementary energy functional with respect to 

each perturbation term. These differential equations 

were solved using MATLAB bvp4c function and 

applying imposed boundary condition of constant 

strain rate. Additional details can be found in Ref. 

[50]. 
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3 Experimental and Simulation Details 

[±45/902]s composite laminates, consisting of F263-7 

epoxy resin reinforced with Toho G30-500 carbon 

fiber, were manufactured using a prescribed 

autoclave cure cycle and used to prepare the tensile 

test coupons. Repetitive tensile tests were used to 

record time-independent evolution of transverse 

crack density in multiple plies with increase in 

applied stress at 80°C and 180°C. Creep tests were 

also carried out in these two temperatures for four 

stress levels to record the creep response and 

evolution of transverse cracking in multiple plies 

with time. Simulation details can be found in Ref. 

[50]. 

  

4 Results and Discussion 

4.1 Ply stresses Perturbations 

A representative plot of the distribution in axial 

perturbation stress (φ) for the three plies of the 

laminate, around a single crack in [90] plies 

predicted by the VA module at 43 MPa and 180°C, 

is shown in Fig. 4. For this testing condition, only 

[90] plies crack and the transverse crack density in 

[90] plies is 2.6 cm-1. The perturbation in [90] plies 

is maximum at the crack location and decreases to 

zero away from the crack. The perturbation in [±45] 

plies is negative and increases the axial stresses in 

these plies. The values for φ(-45) (hence, φ(-45)
max) 

would be different from the values for φ(+45) due to 

the proximity of [-45] plies to cracks in [90] plies. 

This is supported by the experimental data; the 

transverse cracking in [-45] plies started at a lower 

stress than that in [+45] plies.   

 

4.2 Time-independent crack density and modulus 

The predicted evolution of transverse crack density 

is compared with the experimental values in Fig. 5. 

The predicted stresses for onset of transverse 

cracking at 80°C are 30 MPa, 45.7 MPa, and 46.5 

MPa for [90], [-45], and [+45] plies respectively. 

They compare very well with experimental results of 

28±2 MPa, 45 ± 5 MPa, and 55±5 MPa.  While the 

experimental TID increases gradually, the predicted 

TID at 80°C shows a sudden increase at ~ 40 MPa. 

This difference is believed to be due to the large 

difference between the assumed uniform crack 

spacing and the experimentally observed distribution 

in crack spacing, specifically at stresses less than ~ 

70 MPa. However, at stress levels above 70 MPa, 

when the distribution in crack spacing is narrow, the 

predicted crack density in [90] and [-45] plies is 

within experimental scatter and compares very well 

with experimental results at 80°C. Hence, it is 

believed that accounting for the distribution in crack 

spacing, due to stochastic nature of cracking, would 

improve the accuracy of prediction at low stress and 

crack density levels. Similarly, the predicted crack 

density in [+45] plies at 80°C is within the 

experimental scatter at stress levels > 80 MPa. The 

observed difference at lower stress levels is believed 

to be due to the assumption of uniform crack spacing 

as well as onset of other damage modes beyond 65± 

5 MPa, which are not considered in the model. 

Similar results were obtained at higher temperatures. 

 

The predicted modulus is well within the scatter 

range of experimental results, as shown in Fig. 6. 

The predicted rate of degradation in modulus with 

increase in applied stress compares very well with 

experimental results at stress levels below ~80 MPa 

when only transverse cracking of plies is observed. 

 

4.3 Time-dependent crack density, laminate 

stress, strain, and modulus 

Fig. 7 shows the time-dependent evolution of stored 

elastic energy in plies determined using the time-

dependent predicated stresses and strains. The 

predicted evolution of the transverse crack density 

with time, in multiple plies of [±45/902]s, are plotted 

and compared with experimental results in Fig. 8 for 

a creep stress of 45 MPa at 80 ºC. The predicted 

transverse crack densities, upon loading, were 3 cm-

1, 0 cm-1 and 0 cm-1 [90], [-45] and [+45] plies, 

respectively, and the corresponding experimental 

crack densities were 1.8 cm-1, 0.6 cm-1 and 0.3 cm-1 

in [90], [-45] and [+45] plies, respectively. The 

simultaneous transverse cracking of [±45] plies had 

resulted in a lower crack density in [90] plies during 

experiments. However, the model predicts a higher 

crack density in [90] plies, with no cracking in [±45] 

plies upon loading to 45 MPa. The sample used in 

crack characterization test had process-induced 

cracks while no such cracking due to PIS was 

predicted by the model. The magnitude and the trend 

in crack evolution with time in [90] plies are in a 

good agreement with experimental results. The 

predicted crack density in [90] plies at a time 

corresponding to the end of crack characterization 
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tests (12.6 days) is 5.2 cm-1 while the experimental 

crack density at this time was 5.7 cm-1. The crack 

density in [90] ply measured in the sample used for 

creep experiment was 6.6 cm-1 at a time of 7.8 days 

while the corresponding predicted value is 5 cm-1. 

 

The predicted magnitude and the trend in the 

evolution of transverse cracking in [-45] and [+45] 

plies are also in a good agreement with the 

experimental results generated by crack 

characterization tests. While the predicted crack 

density at the end of the test are 1.2 cm-1 and  0.6 

cm-1 in [-45] and [+45] plies respectively, the 

experimental values were 1.2 cm-1 and 0.9 cm-1. The 

transverse crack density values measured in the 

creep sample were 0.3 cm-1 and 0.2 cm-1 differed 

from the predicted results which are 0.3 cm-1 and 0.9 

cm-1 at the day of 7.8. It is believed that the 

influence of cracking evolution of the plies on one 

another resulted in a higher crack density in [90] 

plies and lower crack density in [±45] plies in the 

sample tested in creep compared to the predicted 

results.  

 

4.4 Creep 

The predicted creep strains of the multidirectional 

laminate, are compared with experimental results in 

Fig. 9 and Fig. 10 for two creep stress levels of 45 

MPa and 54 MPa, respectively at 80°C. The process-

induced thermal strain was considered in 

experimental results. In order to make a better 

comparison, the difference in the instantaneous 

strain (i.e. at to) is eliminated.  Hence, the 

experimental and predicted curves were superposed 

by shifting the curves vertically by an amount equal 

to the difference in instantaneous. The maximum 

difference between the predicted creep and 

experimental creep strain at a time of 7.8 days 

corresponding to the end of creep experiment is 7.3 

% at 45 MPa and time of 10.4 days is 11.8 % at 54 

MPa.  In order to highlight the contribution from 

TDD on creep, creep strain at these stresses were 

also predicted without allowing the plies to crack. 

These predictions without TDD, plotted in Fig. 9 

and Fig. 10, clearly demonstrate the role played by 

TDD on creep.  Similar results were obtained at 

higher temperatures. 

 

 

 

Conclusion 

 

A model, integrating lamination theory and 

variational analysis, has been developed to predict 

simultaneous time-independent followed by time-

dependent evolution of transverse cracking in 

multiple plies of a multi-directional polymer 

composite laminate and its effect on laminate creep. 

The model predictions for time-independent 

transverse cracking in a [±45/90]s laminate compare 

very well with experimental results, for time-

dependent and time-independent evolution of 

transverse crack density, laminate modulus and 

creep compliance, validating the model. Further 

improvements to the model, by accounting for the 

additional damage modes and eliminating the 

assumptions such as constant crack spacing, 

constancy of perturbation stress along the thickness 

and width of the plies, and location of cracks in 

[+45] plies. , are likely to increase the prediction 

accuracy of the model.   
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Fig. 1. Process and load history considered in the 

model 

 

 
Fig.2. Creep Model 
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Fig. 3: [±θm/90n]s with damage in various plies  
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Fig. 4. Distribution of axial perturbation stresses 

between two transverse cracks in [90] plies of 

[±45/902]s at 43 MPa and 180°C  
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Fig. 5. Evolution of TID in various plies of 

[±45/902]s at 80 °C and 
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Fig. 6.  Experimental and predicted modulus 

degradation during quasi-static loading of [±45/902]s 

laminate at 80°C and  
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in various plies of [±45/902]s at 80°C and 45 MPa
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Fig. 9. Comparison of experimental and predicted 

evolution of transverse crack density with time in 

multiple plies of [±45/902]s at 80°C and 45 MPa 
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Fig. 10. Comparison of predicted strain with total 

experimental strain, after eliminating the difference 
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1 Introduction and motivation 

There is an emerging interest in the aerospace 

industry in manufacturing components with intricate 

features, such as ribs, using discontinuous-fibre 

composite materials. The conventionally used 

continuous fibre (CF) composites are difficult to 

form, while the short fibre preforms used by the 

automotive industry lack the required mechanical 

properties. Material systems with long discontinuous 

fibres and high fibre volume fraction have the 

potential of filling the niche between the formability 

of short fibre preforms and performance of CF 

composites. A candidate material system is 

composed of randomly-oriented-strands (ROS) that 

can be used in compression moulding. This type of 

material is commercially available from material 

suppliers, such as Hexcel (HexMC
TM

 with thermoset 

matrix) and TenCate (Cetex® MC1200 with 

thermoplastic-matrix).  The feasibility of moulding 

complex components from ROS composites has 

been demonstrated by GreeneTweed [1]. However, a 

limited number of studies found in the open 

literature discuss processability and mechanical 

properties of these materials. 

2 Literature review 

Recent studies by Feraboli et al. [2-5], Van 

Wijngaarden et al. [6], Euguemann et al. [7] and 

Han et al. [8] investigated mechanical properties and 

formability of ROS materials.  Feraboli et al. 

conducted an extensive investigation of mechanical 

properties of carbon-fibre thermoset-matrix ROS 

composites. They found that strength increased with 

longer strand lengths but was significantly lower 

than that of quasi-isotropic CF composites [2]. 

Modulus showed little dependence on length and 

was almost as high as that of CF composites [2]. It is 

also noteworthy that damage propagation appeared 

to be uninfluenced by microstructural defects, such 

as voids and resin rich areas [2]. Authors attributed 

this behaviour to complex 2D interaction between 

strands [2].  Feraboli et al. also compared the 

response of unnotched and open-hole specimens 

under tensile and compressive loading [3]. They 

found that ROS material is essentially notch-

insensitive, since not all specimens failed in the 

vicinity of an open-hole [3]. Authors also addressed 

the issue of variability in the modulus data by 

evaluating different measurement techniques which 

include an extensometer, strain gages of various 

lengths and the digital image correlation (DIC) 

technique [4]. Data obtained with the DIC technique 

depicted large strain variation on the surface of the 

specimen which makes extensometers and strain 

gages, even large ones, inadequate for global strain 

measurement [4]. Overall, the DIC technique was 

found to yield the most accurate and repeatable 

measurement of modulus by averaging the full-field 

strain values [4]. Finally, they developed a finite 

element method capable of capturing the variability 

of tensile modulus in the material [5]. 

 

Van Wijngaarden et al. demonstrated excellent 

formability of the carbon-fibre thermoplastic-resin 

preforms by moulding a deep flange [6]. 

Furthermore, carbon/PEEK ROS material was 

considered for manufacturing of door hinges for 

Eurocopter Germany [7].  This material is an 

attractive alternative for metals since it does not 

corrode, is lighter and cheaper to manufacture. It 

was found that both ROS and CF tapes met the 

design threshold. Overall, CF tapes are a more 

robust option in terms of material variability, 

whereas, ROS composites are more cost and time 

effective from the manufacturing standpoint since 

cutting and preforming is not required. Han et al. [8] 

explore the use of carbon/PEEK ROS for 
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manufacturing of bolted joints. For this application, 

they compared the use of fabric-only, ROS-only and 

hybrid composites. They found that bearing strength 

of ROS composites is 30% higher than that of 

fabric-only composites and that presence of fabric 

layers reduces the variability of properties [8]. 

Authors also presented a finite element technique for 

modeling bearing failure of ROS based composites 

[8]. These articles highlight some of the key 

properties of ROS composites, but the complete 

material characterization with respect to 

performance and processability is yet to be done.  

3 Scope and objectives   

A new multi-disciplinary study [9]-[10] is being 

conducted to systematically evaluate, characterize 

and model the moulding process and mechanical 

properties of composites manufactured from 

carbon/PEEK ROS, which can be seen in Fig. 1. 

 

Objectives of this study are twofold. Firstly, the 

effect of strand length and panel thickness on 

mechanical properties is investigated. Secondly, the 

use of digital image correlation (DIC) for strain 

measurement, as an alternative to strain gages, is 

considered. The acquired knowledge about the 

influential parameters and the associate variability 

will aid with the future development of a stochastic 

model for prediction of mechanical properties. 

4 Experimental methods 

4.1 Manufacturing 

The material is carbon/PEEK CYTEC APC-2/AS4 

6.35 mm wide unidirectional slit tape with fibre 

volume fraction of 61%. An automated tape cutter 

(Kingsing Machinery Co. Limited, model KS-915) 

was used to cut this material into strands of desired 

lengths (12, 25 or 50 mm). A steel mould with 

cavity dimensions of 185 x 280 mm
2
 was used for 

compression moulding. Strands were placed into the 

mould in small batches and shuffled each time to 

better control their distribution and to minimize their 

out-of-plane orientation. The mould was closed, 

placed into a pre-heated press (Wabash 100T) and 

pressure of 34 bars was applied. The mould 

temperature was increased up to 380°C and was 

maintained for 15 minutes. It was then cooled down 

to below 70°C at an approximate rate of 12°C/min 

and removed from the press.  

4.2 Non-destructive testing 

Prior to mechanical testing some of the panels were 

subjected to NDT inspections using thermography 

and through-transmission ultrasonic c-scan 

techniques. The resolution of the c-scan image is 1 

mm and is meant to pick up large voids and 

delamination. Examples of these scans can be seen 

in Fig. 2. No major defects were detected by these 

inspections. The minor colour variation (i.e. signal 

strength) in these images can be attributed to small 

voids, thickness variations or non-uniformity of 

material properties, such as density and fibre 

orientation.  

4.3 Mechanical testing 

In order to evaluate the effect of strand length and 

panel thickness on tensile properties, six panels were 

fabricated with strand lengths of 12, 25 or 50 mm 

and panel thickness of 3 or 6 mm. For each set of 

parameters, six specimens were tested as per the 

ASTM D3039 standard. Specimens were 250 mm 

long and 25 mm wide, and had a gage section of 125 

x 25 mm
2
. Specimen width of 25 mm was used even 

though individual strands making up the material 

were as long as 50 mm. Earlier results [9] showed 

that specimen width (12 mm – 50 mm) had no effect 

on tensile strength and modulus of ROS panels with 

25 mm long strands. A laser extensometer (MTS 

LX500) with a 75 mm gage length was used to 

measure strain. Specimens were loaded at a rate of 1 

mm/min.  

 

Results presented in Fig. 3a indicate that higher 

tensile strength is achieved with ROS panels that 

consist of longer strands. In the case of 3 mm thick 

panels, strength increases from 220 to 420 MPa as 

strand length increases from 12 to 50 mm. 

Nonetheless, even the highest strength obtained with 

50 mm long strands is still significantly lower than 

that of quasi-isotropic CF laminates, which is 

approximately 850 MPa [11]. Performance of 

discontinuous fibre composites is known to be lower 

than that of CF composites in part due the reduced 

ability of short fibres to carry load. As the fibre 

length increases, mechanical properties are expected 

to increase eventually approaching the properties of 

CF composites. Theoretically, fibres can be treated 

as continuous when their length (L) is at least 50 

times the critical length (LC), which is defined by  
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where σf is the fibre strength, d is the fibre diameter 

and τi is the interface shear strength [12]. For 

AS4/PEEK these values are approximately σf = 3440 

MPa, d = 7 μm and τi = 100 MPa, hence LC = 0.115 

mm. Therefore, even the short 12 mm strands (L/Lc 

= 100) can be considered as continuous. Since the 

strength of ROS composites is low despite the fact 

that the continuity assumption is met, there must be 

other factors besides fibre length efficiency that 

influence strength. For one, the assumption of fibre 

continuity would ignore the adverse effect of fibre 

(or strand) ends which act as discontinuities or stress 

concentrations and can serve as sites for crack 

initiation. Also, the variability of the residual 

thermal stresses and strains would have to be taken 

into account. 

 

It is also noteworthy, that high strength of the 3 mm 

panel with 50 mm long strands is also accompanied 

by high variability. This variability is related to the 

heterogeneous meso-structure of these specimens. 

ROS panels are expected to become more 

statistically homogeneous when they consist of 

smaller strands and have higher thickness.  

 

From Fig. 3b, it appears that average modulus 

increases slightly with increasing strand length. 

However, statistical analysis using ANOVA in excel 

showed that due to large variability of the data, 

strand length does not affect modulus. Similarly, 

Feraboli et al. [2] showed that in the case of 

thermoset-matrix ROS composites strength increases 

with increasing strand length, while modulus is 

unaffected by it. The average modulus of all the 

panels is 40 GPa, which is approximately 70% of the 

modulus of quasi-isotropic CF laminates [11]. The 

fact that modulus is unaffected by strand length (in 

the range of 12-50 mm) is in line with the 

assumption of fibre continuity. Possible reasons for 

the reduction in modulus in comparison to CF 

laminates are fibre out-of-plane orientation (see 

section 4.5) and fibre curviness which result from 

strand compaction and flow during moulding.   

 

Finally, one 6 mm thick panel with 25 mm long 

strands was used for compression testing. A total of 

seven specimens were subjected to compressive 

loading as per the ASTM D3410 standard. 

Specimens were 150 mm long and 25 mm wide, and 

hence had a 25 x 25 mm
2
 gage section. Specimens 

were loaded at 1.5 mm/min. It was found that tensile 

and compressive strengths are the same for this 

material, but that there is less scatter in compression 

data. 

4.4 Application of DIC 

The applicability of DIC was investigated by tracing 

the evolution of the strain-field on the surface of 

tensile specimens. Seven ROS specimens (25 mm 

long strands) and three unidirectional 90° CF 

specimens were used for this study. The black and 

white speckle pattern was created by spraying the 

already black specimens with white spray paint. 

Specimens were loaded at a rate of 1 mm/min and 

photos were taken with a 24 MP Nikon D3200 

camera at a rate of 1 photo/second. Images were 

analyzed using VIC-2D (Correlated Solutions). For 

correlation, subset size of 65 pixels was used, which 

translates to a region of 2.5 x 2.5 mm
2
. 

 

For validation, a conventional contact extensometer 

with a gage length of 25 mm was used in 

conjunction with DIC during testing of CF 

specimens. The DIC technique was used to measure 

strain between the extensometer arms, as depicted in 

Fig. 4. The three white lines represent extensometer 

option in VIC-2D software and indicate strains 

between the endpoints (6940, 6960 and 7030 με), 

whereas, the dash line shows strain measured by the 

contact extensometer (6610 με). Overall, good 

correlation was observed, and modulus values 

measured with a conventional extensometer vs. the 

DIC extensometer were within 5% of each other. 

 

The evolution of the strain-field on the surface of an 

ROS specimen is shown in Fig. 5. From this figure it 

is evident that the strain-field is non-uniform and 

that failure occurs in the vicinity of a hot-spot. 

Overall, up to three hot-spots were detected on the 

surface of a tensile specimen and they were 

noticeable even at low average strain values (500 

με). Since hot-spots have higher strain, and hence 

lower modulus, at any given load than the rest of the 

specimen, it can be postulated that material 

properties in that region are matrix-dominated in the 

longitudinal direction. Specimens failed by strand 
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pull-out, hence also indicating of matrix failure. 

Therefore, tensile strength of ROS specimens is 

dependent on the probability of having an area with 

properties that are largely matrix-dominated in the 

loading direction.   

 

Stress-strain curves were constructed based on 

average surface strains calculated for each load (or 

photo). Comparison between the stress-strain curves 

of CF and ROS specimens is presented in Fig. 6. It 

should be noted that CF specimens are weaker and 

more compliant than ROS specimens, because they 

were tested in 90° or matrix direction. Large 

variability among the ROS specimens is evident, 

while the three curves of CF specimens coincide.  

 

DIC permits for calculation of Poisson’s ratio which 

was computed based on average surface strains, 

longitudinal and transverse. Fig. 7 summarizes 

strength, stiffness and Poisson’s ratio of ROS tensile 

specimens. These values were normalized with 

respect to the average value of each parameter, 

which is given in the bottom of each bar graph. The 

error bars show the max and min values obtained.  It 

is interesting to note, that variability of normalized 

tensile strength, modulus and Poisson’s ratio is the 

same.  

 

Variability of tensile properties can be quantified by 

computing the coefficient of variation. However, 

when it comes to DIC, data variability depends on 

the subset size (i.e. resolution). Variability and error 

are higher for small subsets, while average strains 

are not affected by the subset size. Hence, it was 

decided to use a subset size that would be 

representative of a stain gage size recommend by the 

ASTM D3039. Subset size of 171 pixels gives 6 mm 

x 6 mm gage section. Coefficients of variation of 

ROS and CF specimens are 29% and 4%, 

respectively. 

 

Variability can be further visualized via histograms. 

Fig. 8 shows the evolution of strain-field histograms 

with increasing load for ROS (a) and CF (b) 

specimens. It is evident that histograms of ROS 

specimens are significantly more spread out. 

4.5 Microscopy 

After testing, the 3 mm thick specimens were cut for 

microscopy, see Fig. 9. Interestingly, no cracks were 

observed in the micrographs. This observation 

suggests that failure occurs at a weak spot at a load, 

which is too low to cause damage throughout the 

entire specimen. The absence of cracks and 

delamination can be expected since specimens fail at 

load that is less than 50% of the expected failure 

stress of a quasi-isotropic CF laminate.  

 

There was also a characteristic difference in the 

meso-structure in relation to the strand length. As 

can be seen in Fig. 9a, short strands have a high out-

of-plane orientation. On the other hand, the long 

strands have a more planar and orderly orientation, 

as shown in Fig. 9b. This difference in orientation 

can be a contributing factor in the load bearing 

capabilities of ROS composites; longer more planar 

strands lead to a higher tensile strength.   

4.6 Density 

Density of the ROS panels was measured with the 

aim to analyse planar distribution of the fibre 

volume fraction. Micrographs did not show any 

voids in the material, so it was assumed that fibre 

volume fraction is directly related to density through 

the rule of mixtures. Density was measured as per 

the ASTM D792. A total of 40 samples with a 

surface area of 10 x 25 mm
2
 were cut from panels 

with 12 and 50 mm long strands. This sample size 

was used in order to have the smallest possible 

samples that weight at least 1g, as recommended by 

the standard. Overall, density measurements showed 

little scatter and the coefficient of variation was 2%. 

Hence, it can be said that fibre volume fraction is 

uniform on that scale. On the contrary, if DIC data 

points are averaged over an area equivalent to 250 

mm
2
, coefficient of variation for ROS specimens is 

still high at 22%. 

5 Conclusions 

Work presented in this paper shows that mechanical 

properties of the ROS material are highly variable 

on the meso-scale. Variability within a specimen can 

be quantified with DIC analysis which showed that 

coefficient of variation of strain on the surface of a 

tensile specimen is 29% (Fig. 5). Similarly, strength, 

modulus and Poisson’s ratio can vary by 30% with 

respect to the average values of all the specimens 

(Fig. 7). It can be postulated that other properties, 

such as coefficient of thermal expansion, are also 

variable on the meso-scale. Hence, it is important to 
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consider this variability when trying to characterize 

and model ROS composites or design with them. For 

measuring strain or deformation it is preferred to use 

the DIC technique since it can capture the entire 

strain-field on the surface of the specimen. The next 

step in this project encompasses modeling of 

mechanical properties, and the probabilistic 

approach seems to be the most suitable for this task.  

 

It was found that strand length affects tensile 

strength. The lower strength obtained with 12 mm 

long strands can be related to the higher number of 

strand ends and/or higher out-of-plane orientation 

which are inherent to shorter strands or fibres. The 

effect of strand size will be investigated further. 

Another important parameter to consider is fibre or 

strand curviness, particularly in the case of high 

strand flow. Hence, specimens obtained from flat 

panels are not necessarily representative of complex 

parts that require high material flow during 

moulding.  That issue will have to be considered in 

future works. 
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Fig. 2. Examples of a) ROS panel, b) thermography 

scan and c) through-the-thickness ultrasonic c-scan. 

 

 

 

Fig. 3. The effect of strand length and panel 

thickness on a) strength and b) modulus. The error 

bars show the max and min normalized values. 
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Fig. 4. Comparison between extensometer and DIC 

strain measurement for a CF specimen. The three 

white lines represent extensometers in VIC-2D 

software and indicate strain between the endpoints. 

The dashed line shows strain (6610 με) measured by 

the contact extensometer. 

 

Fig. 5. Evolution of the strain-field on the surface of 

a 3 mm thick ROS specimen subjected to tensile 

loading as captured by DIC. Strands are 6.35 mm 

wide and 25 mm long. 

 
Fig. 6. Comparison between the stress-strain curves 

of 3 mm thick CF (red) and ROS (blue) specimens. 

Strands are 6.35 mm wide and 25 mm long. 

 

 

Fig. 7. Summary of strength, modulus and Poisson’s 

ratio of 3 mm thick ROS specimens tested with DIC. 

Strands are 6.35 mm wide and 25 mm long. Values 

are normalized based on the average, which is 

shown in the bottom. The error bars show the max 

and min normalized values. 
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Increasing load

a) b)

Fig. 8. Evolution of the strain histograms with increasing loading, which correspond to a) ROS and b) CF 

specimens. 

b)

1 mm

a)

Fig. 9. Micrographs of 3 mm thick ROS samples with a) 12 mm and b) 50 mm long strands. Both images 

were taken from the gage section of failed tensile specimens.  
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Abstract  
Circular braiding is a composite material 
manufacturing process for production of bi- and 
triaxial tubular preforms that are usually impregnated 
and cured using Resin Transfer Moulding. The 
process currently lacks automatic generation of 
optimum machine control data. Helping to solve this 
problem, a newly developed geometry-based 
procedure for take-up speed optimization is applied to 
various complex mandrel shapes to assess its 
strengths and weaknesses. As a result, the error of the 
virtual braid angle could be reduced to a few degrees. 
However, in order to assess the validity of the 
generated process settings, it is recommended to take 
into account the manufacturing constraints regarding 
the prevention of yarn slack and fiber slip. 

Introduction  
For many years, circular braiding has been a suitable 
candidate for automated series production of tubular 
composite preforms with a bi- or triaxial layup. 
Usually, the next step in the process chain involves 
impregnation and curing with Resin Transfer 
Moulding. In the design process, virtual equivalents 
can involve simulation and optimization of both the 
product and the manufacturing process. Simulation of 
the circular braiding process is possible using a 
kinematic [1,2,3] or a finite element [4,5] process 
description. Simulations typically require the 
machine control parameters as input and generate the 
braided structure as output. However, for the reverse 
order or ‘inverse solution’ [1,3] with the fiber 
distribution on an arbitrary mandrel as input and the 
machine control data as output, an automated method 
is not publicly available. The latter route is further 
referred to as the ‘optimization’. 
The objective of this work is to numerically apply the 
optimization method presented in [6] to various 
mandrel geometries in order to assess the resulting 
output braid angle and take-up speed profile. In the 
remainder of this work, first, the braiding process is 

introduced, followed by a review of previous work. 
Next, the mathematical model is summarized, 
followed by its application to mandrel geometries. 
Finally, the outcome is discussed. 

Process description 
A schematic representation of the circular braiding 
process is shown in Fig. 1. The mandrel moves 
relative to the machine through a circle of warp and 
weft or ‘bias’ spools. The mandrel moves with an 
axial ‘take-up’ speed, where the term ‘take-up’ 
originates from historical context where the machine 
axis was oriented vertically. The yarns are pulled 
from spools mounted on carriers that move in the 
spool plane. One group of spools, denoted as the warp 
spools, moves clockwise while the other group of 
spools, the weft spools, move counter-clockwise, 
both with the same speed. The two yarn groups 
interlock, forming a closed biaxial fabric on the 
mandrel. Optionally a third group of stem yarns can 
be inserted to form a triaxial braid as shown in Fig. 2. 
Stem yarns are deposited in the mandrel length 
direction, providing improved structural properties 
for axial loading and bending. Guide rings can be 
used to enable reverse braiding and to improve 
process control. The yarns move from the spools to 
the mandrel through the funnel-shaped ‘convergence 
zone’. The point where a yarn comes in first contact 
with the mandrel is denoted as the ‘fell point’. For 
multilayered products, the mandrel can be repeatedly 
overbraided in forward and reverse direction along 
the full component length or only locally. 

Previous work 
Earlier optimization approaches are based on a 
kinematic process description and require the 
mandrel and machine geometry and the required braid 
angle 훼, as shown in Fig. 2, as input. All approaches 
assume straight yarns in the convergence zone, no slip 
after deposition and an axisymmetric process. 
Michaeli et al. [2] presented a procedure for direct 
control of the machine. In this procedure, non-circular 
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mandrel cross-sections are approximated by circles. 
The carrier speed must be provided as input and the 
take-up speed is output as a function of time. Du and 
Popper [3] optimized either the carrier speed or the 
take-up speed, depending on the user's choice, while 
keeping the other speed constant. The mandrel 
geometry is restricted to be rotation symmetric and is 
approximated by a series of conical segments. 

 
Fig. 1. Schematic representation of a circular braiding 
machine. 

 
Fig. 2. Triaxial braid, showing braid angle 훼. 

Mathematical model 
The braid angle optimization procedure makes use of 
a kinematic simulation model that is described first. 
Next, the optimization model is introduced. In this 
work, a process ‘simulation’ denotes the conversion 
of given speeds to braid angle and a process 
‘optimization’ denotes the inverse, i.e. conversion 
from a given braid angle to the take-up speed. 

Simulation model 
For the process model used in the simulation, it is 
assumed that the trajectories of the deposited yarns 
are continuous, differentiable, lie on the mandrel 
surface and remain fixed after first contact. 

Furthermore, it is assumed that yarns do not interact 
with each other, no friction between yarns and guide 
rings occurs and the yarn thickness can be neglected. 
Based on these assumptions, each yarn can be 
modeled independently as shown in Fig. 3. Input 
parameters, as far as required for the purpose of this 
work, are described next. 
The simulation uses a time-stepping method with a 
constant time step size Δ푡 and the carrier rotational 
speed 휔(푡)  and take-up speed 푣(푡)  given as input. 
The mandrel is represented by a triangulated surface 
S and arbitrary centerline L. S must be a single closed 
shell without holes or large protrusions and is defined 
in the global Cartesian mandrel coordinate system 
with unit axes {퐱, 퐲, 퐳} . The surface region to be 
overbraided is bounded by a planar start- and end 
contour on S. The machine orientation is represented 
using a local Cartesian machine coordinate system 
with origin 퐦, here assumed to be coincident with- 
and tangent to the centerline, and unit axes {퐮, 퐯,퐰} 
which moves as a function of time The machine is 
parameterized with the machine spool plane circle 
radius 푟  and the optional inner and outer guide ring 
radii 푟 ,  and 푟 ,  and heights ℎ ,  and ℎ , . 
The number of yarns per yarn group is given by 푛 . 
Assuming 휔(푡) constant, the spool trajectory for the 
푖-th spool of a bias yarn group is approximated with a 
helix-like curve Q  around the centerline. 휑  is the 
spool plane angle and the spools are distributed 
evenly over the spool plane circle using 

 휑 , 	= 	
2휋푖
	푛

. (1) 

Define the ‘supply point’ position vector 퐬  as the 
point from which a yarn is supplied, obtained by 

 퐬 = 퐪, if	no	guide	ring	contact,
퐫, if	guide	ring	contact.  (2) 

Define the ‘creating circle’ as the circle that contains 
퐬. The ‘free segment’ is defined as the yarn from 퐩 to 
퐬. Depending on the input parameters, s may alternate 
between the spool plane circle and guide ring circles. 
The resulting supply point trajectory of	퐬 is denoted 
by T. 
For a centered cylindrical mandrel, the braid angle is 
expressed using the ‘classical solution’ [7] or 

 훼 = arctan
휔푟
푣

 (3) 
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where 푟 is the mandrel radius. This relation is 
sometimes [1] generalized for mandrels with an 
arbitrary cross-section using 

 푟 	=
푝
2휋

 (4) 

where 푝  is the mandrel cross-sectional perimeter. 
For arbitrary shapes, a deposition model similar to [8] 
is used where contact between the free segment and 
element edges in the neighborhood of the fell point is 
checked at each time step. The interlacement of the 
resulting deposited bias yarns provides geometrical 
bounds that form ‘tunnels’ through the biaxial braid 
for optional stem yarns, assuming a ‘regular’ 2/2-twill 
braid. The centerline of each tunnel forms a stem yarn 
trajectory as described in [9]. As a result, the 
simulation outputs the yarn trajectories Y, and, 
implicitly, convergence zone length 퐻 as a function 
of, among others, the spool trajectories Q. 

 
Fig. 3. Process model for a single yarn, showing only the 
outer guide ring for clarity. 

Optimization model 
The goal is to optimize the take-up speed 푣(푡) for a 
minimum error in braid angle at a constant carrier 
speed 휔 and required braid angle 훼 . The proposed 
procedure is independent of optional axial yarns. For 
the optimization, the spool trajectory helix Q is 
calculated as a function of the yarn trajectory Y, the 
inverse of the simulation model. 
For each bias yarn group, the required fiber direction, 
implicitly providing 훼 , is required as input in the 
form of a discrete vector field on the mandrel surface 
as schematically shown in Fig. 4. This field can be 
generated manually or using structural optimization 

tools. A constant carrier speed 휔 is also provided as 
input. The machine position and orientation relative 
to the mandrel is assumed continuous and 
differentiable, and the instantaneous geometry of the 
supply point trajectory is assumed to be a helix on a 
cylindrical surface with the radius of the creating 
circle and the axis coincident with the instantaneous 
machine axis. For two close points on a streamline 
through the required fiber direction vector field, 
geometrical analysis and frictionless force 
equilibrium at an optional guide ring as illustrated in 
Fig. 4 yields the instantaneous optimum take-up 
speed 

 푣	 = 휔
Δ푧
Δ휑

 (5) 

for a single bias yarn. For all bias yarns, a weighted 
average of the individual optimal take-up speeds is 
used to generate the optimum process take-up speed. 
At point a, either the instantaneous streamline tangent 
can be used, or the actual deposited fiber tangent to 
form ‘feed-back’ for a more aggressive optimization 
yielding a faster response. The weight factor can be 
changed by optionally choosing a dominant ‘master’ 
mandrel side. The optimization procedure can also be 
used to determine the optimal start position of the 
mandrel relative to the machine. For details, see [6]. 
Note that yarn interaction, including friction, is not 
taken into account, likely leading to a significant 
systematic error that is not treated in this work. 

Test cases 
Unless specified otherwise, the following applies to 
all optimizations. The braiding machine setup is such 
that each carrier contains a spool, yielding a regular 
2/2-twill braid with stem yarns, resulting in a triaxial 
braid. The used parameters are shown in Table 1 and 
all dimensions are in millimeter. The required bias 
braid angle of 60°  can be used to obtain a quasi-
isotropic layup. No master side or yarn group was 
specified, allowing each mandrel side to participate in 
the optimization with an equal weight of 1.  

parameter value 
max. machine take-up speed 푣  40 mm/s 
required braid angle 훼  60° 
master side none 
master yarn group none 
optimization feed-back no 

Table 1. Default braiding parameters 
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Exhaust 
The mandrel called ‘exhaust’ from Fig. 5, as used in 
earlier research [1, 10], was used for optimization 
using the settings in Table 2, generating the take-up 
speed profile shown in Fig. 7. The values are close to 
those when calculated using the classical solution (3) 
and (4). Although the take-up speed is calculated as 
the average of all bias yarns, it contains noise which 
is affected, amongst others, by the mesh ‘roughness’ 
and the optimization arc length on the fiber 
streamline, shown in Fig. 4 as the distance on the 
mandrel surface from 퐚  to 퐛 . Note the counter-
intuitive overshoot at 800mm, exceeding 40 mm/s. 
Fig. 6 shows the resulting fiber distribution, including 
stem yarns that are deposited as a function of the 
deposited bias yarns. The braid angle is plotted in Fig. 
8, showing a maximum error of approximately 6 
degrees for this optimized model. 

 
Fig. 5. ‘Exhaust’. The four sides are numbered for easy 
reference. Dimensions: mm 

  

Fig. 4. Geometry for the optimum take-up speed calculation. Points 퐚 and 퐛 result in points 퐚′ and 퐛′, respectively, in 
turn providing the instantaneous spool helix. 
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parameter value 
spool plane radius 푟  840 mm 
inner guide ring radius 푟 ,   200 mm 
inner guide ring height ℎ ,  350 mm 
outer guide ring radius 푟 ,   200 mm 
outer guide ring height ℎ ,  385 mm 
number of yarns per group 푛  48 
carrrier speed 휔 36 deg/s 

Table 2. Exhaust braiding parameters 

 

 
Fig. 7. Take-up speed versus the position of the machine 
origin expressed in the mandrel coordinate system. Up to 
~450 mm, the take-up speed is 100 mm/s to let the machine 
travel to the optimal start location with idle carrier 
rotation speed. 

 
Fig. 8. The modeled braid angle after optimization, 
measured at each mandrel side as indicated in Fig. 5. The 
vertical grid lines indicate sharp mandrel geometry 
transitions. X and O denote warp and weft yarns, 
respectively. 

 
  

Fig. 6. Fiber distribution after optimization as visualized in Gmsh [11], showing the yarn centerlines for warp (red, 
from top left to bottom right), weft (green) and stem yarns (blue). 
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Nozzle 
In an analysis similar to the previous, the following 
results are obtained for the ‘nozzle’ from Fig. 9. As 
shown in Table 3, no guide rings are used. The carrier 
speed value of 8.33 corresponds to 100 ‘picks per 
minute’. The generated take-up speed as shown in 
Fig. 11 shows that reverse braiding occurs when the 
fell point crosses the ‘downbraiding’ region in the 푧-
interval from approximately 300 to 400 mm. This 
could lead to slack yarns, which is not yet taken into 
account as a manufacturing constraint. Fig. 10 shows 
the resulting fiber distribution. Fig. 12 shows that the 
resulting braid angle is close to the required braid 
angle, having a maximum error of less than 2 degrees. 
Assuming a rotation symmetrical fiber distribution, 
which is confirmed by Fig. 11, only a single 
measurement path is required to represent the global 
braid angle distribution. 
 

 
Fig. 9. Rotation symmetrical ‘nozzle’. 

 
parameter value 

spool plane radius 푟  1382 mm 
number of yarns per group 푛  72 
carrrier speed 휔 8.33 deg/s 

Table 3. Cone braiding parameters 

 
 

 
Fig. 11. Take-up speed profile. Up to ~650 mm, the take-
up speed is 40 mm/s to let the machine travel to the optimal 
start location with idle carrier rotation speed. 

 

 
Fig. 12. The modeled braid angle for both yarn groups. The 
measurement path is the curve from start- to the end 
section, obtained as the intersection of the mandrel surface 
and the yz-plane at the positive y-side. 

Fig. 10. Fiber distribution. 
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Cone 
The ‘cone’ from Fig. 13 is optimized for the braid 
angle using the parameters from the nozzle.  
The generated take-up speed profile as shown in Fig. 
15 shows a counter-intuitive peak at the start and end 
of the conical segment. The braid angle, again 
showing rotation symmetry in Fig. 14, matches the 
required braid angle very well as shown in Fig. 16, 
having a maximum error smaller than 1 degree. 

 
Fig. 13. Rotation symmetrical ‘cone’. Dimensions between 
parentheses are driven. 

 
 
 
 
 
 
 
 

 
Fig. 15. Take-up speed profile. 

 

 
Fig. 16. The modeled braid angle 훼 for both yarn groups 
after optimization. The measurement path is defined 
analogous to that for the nozzle. 

  

Fig. 14. Fiber distribution. 
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Cylinder 
The ‘cylinder’ from Fig. 18 was optimized for the 
braid angle using the parameters in Table 4. It 
contains a stepwise change in the required braid angle 
from 45 to 60 degrees. The generated take-up speed 
and resulting braid angle are shown in Fig. 19 and Fig. 
20, respectively. The used optimization does not use 
feed-back, leading to a delayed response of the braid 
angle with an exponential trend close to the exact 
solution from [10], using 푟 ,  as the creating circle. 
In contrast, when using feed-back, a short period of 
backward braiding is generated, leading to the much 
faster response shown in Fig. 22. However, the 
feasability of this solution has yet to be shown with 
respect to yarn slack. In Fig. 17, the tendency to slip 
is shown in practice, based on the local ratio of the 
geodesic and normal yarn curvature components [12]. 
This suggests that in the case of the optimization with 
feed-back, the yarns have a more localized yet larger 
maximum tendency to slip after deposition. If the 
tendency to slip exceeds the coefficient of friction 휇, 
slip can occur. When assuming 휇 ≈ 0.2 to 0.3, the 
slip indicator suggest more slip for the optimization 
with feed-back, which matches intuition. However, 
the occurrence and the extent is also affected by the 
braid structure. The presence of stem yarns, for 
example, can prevent most slip. 
 

parameter value 
spool plane radius 푟  840 mm 
inner guide ring radius 푟 ,   100 mm 
inner guide ring height ℎ ,  300 mm 
outer guide ring radius 푟 ,   100 mm 
outer guide ring height ℎ ,  400 mm 
number of yarns per group 푛  48 
carrrier speed 휔 36 deg/s 
optimization feed-back no and yes 

Table 4. Cylinder braiding parameters 

     
 
 
 
 
 
 
 

 
Fig. 18. Rotation-symmetrical ‘cylinder’. 

 

 
Fig. 19. Take-up speed profile. 

 

 
Fig. 20. The modeled braid angle for both yarn groups 
after optimization. The measurement path is defined 
analogous to that for the nozzle. 

 
 
 
 
 
 
 
 

Fig. 17. Fiber distribution and the slip tendency of the warp yarn group for the optimization without (top) and with 
(bottom) feed-back. 
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Fig. 21. Take-up speed profile after optimization with feed-
back. 

 

 
Fig. 22. The modeled braid angle for both yarn groups 
after optimization with feed-back. 

 

Torus 
The quarter ‘torus’ from Fig. 23 is used with the 
parameters in Table 5.  
 

 
Fig. 23. Quarter ‘torus’. 

Parameter value 
spool plane radius 푟  1000 mm 
inner guide ring radius 푟 ,   100 mm 
inner guide ring height ℎ ,  -100 mm 
outer guide ring radius 푟 ,   100 mm 
outer guide ring height ℎ ,  100 mm 
number of yarns per group 푛  48 
carrrier speed 휔 45 deg/s 
master side none and upside 
optimization feed-back yes 

Table 5. Torus braiding parameters 

 
First, the optimization was performed without a 
master side, making deposition contributions on all 
sides equal. As a result, the take-up speed profile 
shown in Fig. 24 was generated. The noise has not 
been explained yet, but could be related to the 
combination of element size and optimization arc 
length. The outliers near 푧 = 1000mm seem to have 
no physical meaning, and could be related to the 
machine origin crossing the centerline transition from 
the arc to the linear segment at the end section. 
Replacing the linear segments by an extension of the 
arc may let the peaks disappear. The braid angle 
shown in Fig. 26 with a dashed line is closest to the 
target at the inside and outside for both bias yarn 
groups, because these sides remain least affected by 
the machine coordinate system rotation relative to the 
mandrel. This geometry seems not suited to provide a 
uniform braid angle around the circumference. 
Focusing at the upside, both yarn groups have a 
significant error in the braid angle. Alternatively, 
when assigning the upside as the master side, ignoring 
deposition at all other sides, then results are the same 
(not shown). However, when additionally assigning 
the warp yarn group as the master yarn group and 
ignoring the weft at the master side, then the take-up 
speed profile changes and the braid angle for the warp 
yarns improves significantly as shown for the upside 
warp yarns in Fig. 26. The downside weft yarns 
improve as well due to symmetry, but the rest still 
deviates significantly from the target 60° braid angle. 
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Fig. 24. Take-up speed profile. 

 
Fig. 25. Fiber distribution, showing a small amount of fiber 
waviness. 

 

 
Fig. 26. The modeled braid angle for both yarn groups 
after optimization. The dashed lines correspond to the case 
without master mandrel side and without master yarn 
group, the solid lines to the case with the warp (X) yarns at 
the upside specified as ‘master’. 
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Conclusions 
A new optimization method was applied to various 
complex mandrel shapes to generate a take-up speed 
profile for a given required braid angle. The 
optimization can yield solutions where the take-up 
speed is temporarily reversed to enable rapid changes 
in braid angle or mandrel geometry. It was also shown 
that use of feed-back in the optimization can speed up 
the response of the braid angle. Finally, the effect of 
assigning a master side and master yarn group was 
illustrated. However, in order to assess the validity of 
the generated process settings, it is recommended to 
take into account the manufacturing constraints 
regarding the prevention of yarn slack and fiber slip. 
Moreover, the effect of yarn interaction may be 
significant and is a topic for further analysis. 
Experiments will be performed in the near future to 
check the validity of the model results. 
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Summary  
 

In this work, a new type of carbon fibre reinforced 

polymer (CFRP) composite, based on a multiphase 

epoxy based matrix has been prepared and 

characterized with respect to the mechanical 

properties and fracture behavior. Structuring the 

matrix at micro-scale using a deformable and 

crystallizable thermoplastic phase is believed to 

modify the stress distribution and hence damage 

behavior of the matrix as well as the resulting CFRP 

composite. In the  present study, reaction induced 

phase separating (RIPS) Polyoxymethylene (POM) 

micro-phases, were found to be able to improve the 

fracture properties of the neat epoxy matrix as well 

as the resulting epoxy based carbon fibre reinforced 

(CFRP) composites. Microstructural analysis of the 

fracture surfaces of the two phase matrix systems 

revealed that the phase separated POM micro-

particles are able to significantly deform during the 

crack growth, hence improving the fracture 

toughness of the matrix system. As it is shown in 

this study, as a result of RIPS, POM micro-particles 

can homogeneously be formed in between fibres. 

This is believed to improve the tensile properties of 

the resulting modified CFRP in terms of tensile 

strength and ultimate strain, by affecting matrix 

dominant failure mechanisms.  

 

2 Materials and methods 

The epoxy resin used in this study (Epikote 828 

LVELL) was a diglycidyl ether of bisphenol A 

(DGEBA). This was cured with 4,4'-

Methylenebis(3-chloro-2,6-diethylaniline) (M-

CDEA) as hardener which was added to the resin at 

51.3 phr (parts per hundred resin). The thermoplastic 

phase was Polyoxymethylene (POM) from 

Hostaform. A woven twill 2×2 carbon fabric 

(HEXTOW AS4C GP 6K) from Hexcel was utilized 

as textile reinforcement. Thermoplastic (TP) 

modified resin was prepared by melt-mixing the 

epoxy resin and POM at 180 °C until a 

homogeneous mixture is attained. CFRP composite 

samples were then prepared by vacuum assisted 

resin infusion of carbon fibre plies under hot-press, 

at a curing temperature of 200 °C for one hour 

followed by a postcuring step at 225 °C for two 

hours. Carbon fibres, the mold as well as tubular 

connections were kept above the melting 

temperature of the thermoplastic (~170°C) to avoid 

preliminary crystallization induced phase separation 

of POM [1]. Crystallization induced phase 

separation can hinder the formation of individual 

particles, in case the entire system is not 

homogenously heated above the crystallization 

temperature of the thermoplastic. It’s worth 

mentioning that prior to this method, hand-layup 

technique followed by autoclave curing was 

employed to prepare the composite specimens. 

However, microscopic investigation of the resulting 

composite specimens, revealed nonhomogeneous 

distribution of irregular POM rich domains, which 

have been apparently phase inverted (Fig. 1a). On 

the other hand, the specimens made using vacuum 

infusion under hot-press seem to be quite 

homogenous and flawless (Fig. 1b). Therefore, the 

latter method was employed in this study to produce 

composite samples. Rheological  characterization of 

the matrix was carried out using an AR2000 

rheometer, equipped with a 2° cone and plate 

geometry of 200 mm diameter. Shear viscosity 

curves were obtained by sweeping the shear rate 

from 0 to 50 s-1 at different temperatures from room 

up to 175°C.  

A three-point bending setup was used in order to 

measure the mode I fracture toughness of the the 

phase separated epoxy/POM matrix specimens using 
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Instron 5567 tensile machine. 5 samples per each 

system were initially notched using a saw machine, 

followed by implementing a pre-crack (natural 

crack) by sliding a sharp razor blade into the saw 

slot in the specimen, according to ASTM D5045. A 

5kN load cell was installed on the machine in order 

to apply a displacement rate of 10 mm/min, as 

demanded by the standard. Figure 2 shows a 

schematic of the test specimens. 

The stress concentration factor, KIC, is then 

calculated based on following relationship: 

��� = � ��
�	
�

�(�) 
 

Where (0<x<1): 

 

(�) = 6�
/� [1.99 − �(1 − �)(2.15 − 3.93� + 2.7��)](1 + 2�)(1 − �)�/�  

With x=a/W, PQ is load already determined in kN, 

and B, W and a, thickness, width and crack length, 

respectively, in cm. 

The critical strain energy release rate GIC is then 

obtained from KIC, using this relationship: 

��� = (1 −  �)��!�"  

Where E and ν are elastic modulus and Poisson’s 

ratio of the sample, which can be determined from 

the tensile test.  

CFRP composite samples were characterized under 

quasi-static tensile loading in the fiber direction, 

according to ASTM D3039. The tests were 

performed using a 4505 Instron tensile machine, 

equipped with a 100 kN load cell. The tensile tests 

were carried out at a cross-head speed of 2 mm/min. 

Test specimens with a dimension of 250 mm× 25 

mm, were cut from the CFRP composite plates using 

a diamond saw. In order to minimize the stress 

concentrations induced by the grips during the 

experiments, glass-fibre end-tabs of 40 mm×25 mm 

were glued to the specimens using an epoxy glue 

(Araldite 2011). Full-field strain maps were obtained 

during the experiments through digital image 

correlation (DIC) technique. Subsequent images 

were registered from the samples under loading 

using a digital camera and vic-snap acquisition 

software (LIMESS Messtechnik und Software 

GmbH). Speckle patterns were created on the 

surface of the samples by spraying black and white 

paints, prior to the testing. Image correlation was 

performed later on using VIC-2D software in order 

to calculate the strain values based on the obtained 

displacements. The tensile set-up was also combined 

with Acoustic Emission (AE) registration set-up, so 

as to record the strain energy waves (events) while 

microcracks are formed and propagate in the 

specimen during loading. Two sensors V5375-M 

(Vallen Systems) are placed on the surface of the 

specimen to detect these waves. The signals received 

during microcrack formation are filtered and 

amplified. Irrelevant lower energy events are filtered 

out when a thresholf of 40 dB is set. More details on 

this technique have been published in another paper 

[2].  
 

3 Results and discussion 

3.1 Rheological properties of the resin 

The flow curves (shear viscosity vs shear rate) of the 

reference (epoxy/hardener) and the POM containing 

resin systems at different temperatures are compared 

in Fig. 3.  The POM modified resin exhibits a 

significant shear thinning effect; whereas,   the 

reference material shows a Newtonian behaviour. 

This implies that that POM phase could be 

successfully incorporated into the epoxy resin, 

leading to a homogeneous single phase solution.  

3.2 Morphology and fracture toughness 

investigation of the matrix 

Upon curing reaction, the molar mass of the epoxy 

resin increases. As a result, the entropy of the system 

is decreased which in turn, due to an increase in the 

Gibbs free energy ( ∆�$ ) of the curing blend 

(equation 1) the thermoplastic/epoxy resin blend 

becomes thermodynamically unstable and finally 

undergoes a phase separation, when ∆�$  becomes 

positive. ∆�$ = ∆%$ − &∆'$                                  (1)                                                            

This phenomenon is known as reaction-induced 

phase separation (RIPS). Fig. 4a and 4b compare the 

morphology of the neat epoxy and epoxy/POM.  

Phase separated thermoplastic particles can be 

readily observed in the fracture surface of the 

modified system. Investigations of the fracture 

surfaces of the above mentioned matrices revealed 

that phase separated POM particles, can alter the 

fracture behavior of epoxy through a number of 

different mechanisms, such as crack path deflection, 
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crack pinning, cavitation, and particle deformation. 

It has been shown that curing reaction of the epoxy 

blends including smaller quantities of POM (< 15 

wt%) will result in the formation of particulate 

morphologies where thermoplastic particles are 

dispersed in the continuous epoxy phase [2]. These 

particles are able to exhibit ductile behaviour due to 

the relatively low glass transition temperature of 

POM (~ -83 ͦC). Figure 5 shows SEM micrograph of 

the fracture surface of the POM/epoxy bi-phase 

matrix. Phase separated thermoplastic micro-

particles significantly are deformed during the crack 

growth, thereby dissipating considerable amounts of 

energy. This together with a number of other failure 

mechanisms observed in this system (such as 

debonding of particles, crack path deflection, crack 

pinning, cavitation of the particles) can explain the 

two fold increase in the fracture toughness of the 

neat epoxy matrix, following addition of the 

thermoplastic phase.  This can mainly be attributed 

to the relatively low glass transition temperature (Tg) 

of POM (~-83 °C), due to which, plastic 

deformation at the initial stages of the crack 

propagation is possible. 

 

3.3 Morphology of the CFRP composites 

SEM micrographs of the TP modified fibre 

reinforced composite specimens shown in Figure 6 

indicates that POM has been phase separated in 

between the carbon fibres during the curing process. 

However it seems that phase separation occurs more 

easily in resin rich zones between fibre bundles.  

This is somehow expected since thermoplastic 

chains in the curing blend, have more limited 

mobility in the small space within the fibre bundles. 

Moreover, it is noteworthy that in comparison with 

the matrix blend, in POM modified CFRP 

composites the uniformity in size distribution is lost 

to some extent. This can be due to the fact that 

thermoplastic phase in the CFRP doesn’t have the 

same chance for phase separation in all locations 

within the matrix.   

  

 

 

 

 

3.4 Tensile properties and microstructure of the 

CFRP composite samples 

Figure 7, shows a representative stress strain curve 

including the AE events registered during the tensile 

testing. However it should be noted that the final 

part of the curve is not shown, since the AE sensors 

were removed before final failure of the sample. The 

red dots show the AE events corresponding to the 

crack formation in the sample.  Tensile testing of the 

CFRP composite samples, revealed an 

approximately 16% increase in tensile strength as 

well as 9% improvement in strain at break of the 

modified composite in comparison with the 

unmodified reinforced CFRP (Figure 7). This can be 

related to the fracture toughness improvements 

observed in the modified matrix which was 

discussed in the previous section. The enhanced 

ductility of the modified matrix has possibly delayed 

fibre breakage by limiting micro-delaminations and 

transverse cracks. This effect seems to be more 

pronounced due to the presence of fibre undulations. 

Our ongoing research on the microstructural analysis 

and transverse properties of the modified and 

unmodified CFRP composites will provide more 

evidence in the future that can support these 

hypotheses. 
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Fig. 1. Optical micrograph of the specimens made through 

a) hand-layout/autoclaving and b) vacuum infusion under 

hot press. 

 
Fig. 2. Schematic representation of the mode I fracture 

toughness specimens made according to ASTM D-5045. 

 

 
Fig. 3. Shear viscosity vs shear rate of the a) neat 

epoxy/hardener b)POM modified epoxy/hardener 
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Fig. 4. SEM micrograph of the fracture surface of 

a)neat epoxy and b) POM modified epoxy matrices 

 

 
Fig. 5. Fracture surface of the POM modified epoxy 

matrix. 

 

 

 
Fig. 6. SEM micrographs of the modified CFRP 

composite cross section. 

 

 
Fig. 7. Representative stress–strain curve (black) with AE 

events (red dots) and cumulative AE energy (blue) plotted 

against strain for a CFRP specimen based on the matrix 

modified with POM. 

 

a 

b 
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Fig. 7. Comparison of the tensile strength and the strain at 

break of the modified and unmodified CFRP composites. 
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1 Introduction  

Mode I translaminar, fibre-breaking, fracture (see 

Fig. 1) can be treated as a self-similar crack at the 

laminate level and can be quantitatively 

characterised as a fracture process in terms of 

fracture energies (GIc) [1] or a traction-separation 

law [2]. This laminate-level material property 

encompasses the energy dissipated by all micro-

level damage mechanisms such as fibre-matrix 

debonding, fibre fracture and fibre pull-out. 

 

Whilst the experimentally obtained GIc has proved 

useful for numerically simulating translaminar 

failure [3,4], pure mode I loading represents a 

narrow portion of the design spectrum that an 

engineering component might see during its 

operational lifetime. A complete understanding of 

the translaminar fracture behaviour of composite 

laminates under a range of loading conditions is 

required for numerical design.  

 

Thus far, relatively few studies have experimentally 

investigated the translaminar fracture behaviour of 

notched laminates under mixed-mode loading and, 

to the knowledge of the authors, none has explored 

the possible routes for numerically simulating this 

failure mode. This paper will present work that aims 

to address the questions that arise in both these 

areas. 

 

2 Experimental 

A mixed mode compact tension specimen and 

fixture have been developed [5], shown in Fig. 2, 

such that fracture tests can be performed on 

specimens under several mixed mode ratios by 

changing the loading angle θ. An advantage of this 

new configuration over specimens that have been 

previously used in the literature is that the crack can 

be propagated in a stable manner under several 

mixed-mode loading ratios, therefore allowing for 

the detailed investigation of damage zone initiation 

and development. 

 

A detailed fractographic analysis of failed 

specimens, identifying the mechanisms controlling 

mixed-mode failure will be presented. It will be 

shown through scanning electron microscopy (SEM) 

of the fracture surfaces of failed specimens, see   

Fig. 1, that increasing the component of mode II 

loading increases the amount of delamination and 

splitting. This amounts to an increase in fracture 

energy dissipation with increasing proportion of 

mode II loading.  

 

It will be shown that while at low proportions of GII, 

fracture can be characterised by a critical strain 

energy release rate (as has been done for the mode 

I), no single fracture property can be used to 

characterise failure as the proportion of shear 

loading increases and the damage becomes more 

diffuse. 

 

3 Numerical simulation of mixed-mode failure 

The fractographic and failure analysis of specimens 

form the basis for the development of an appropriate 

numerical modelling strategy.  

 

We will present methodologies for numerical 

simulation of mixed-mode translaminar fracture 

designed to capture the relevant micro-mechanisms 

of failure. Results from simulations using 

commercially available modelling tools and from a 

newly developed damage model will be presented. 
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The model, implemented as a user material within 

Abaqus, is able to predict the response of the tested 

specimens and the features of the damage zone using 

a single layer of 2D elements alone, see Fig. 3. This 

new approach significantly reduces the analysis time 

by eliminating a considerable amount of model pre-

processing and by increasing the computational 

efficiency of the analysis.  
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Fig. 1. Fracture surfaces of failed specimens tested between pure mode I and GII/Gtotal = 0.5. Increased 

amounts of splitting and fibre pull-out due to delamination indicate more diffuse damage with increasing 

proportion of mode II loading 

Fig. 2. Fixture used for mixed-mode fracture 

testing. 

50 mm

1 mm 1 mm 1 mm

G  /G    =II total 0.0 0.1 0.2 0.5

0.25 mm

Fig. 3. The current model predicts the same 

delamination pattern as that obtained using cohesive 

contact at a fraction of the computational cost. 
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Introduction  

 

Composite materials based on biodegradable 
natural biopolymers are very important constructs 
for tissue engineering applications. Research efforts 
are being harnessed in developing fully 
biodegradable composite biomaterials.  

In this respect cellulose and 
polyhydroxyalkanoates (PHAs) based composites 
could be certainly important in this field due to their 
intrinsic biodegradability and biocompatibility. 
Cellulose is the most abundant biopolymer on earth, 
with an annual production of over 100 billion tons.  
The two main sources of cellulose are trees and 

cotton. In addition to these sources, microorganisms 
can synthesize cellulose. Acetobacter xylinum is the 
only species known to be capable of producing 
cellulose in commercial quantities [1-3].  

Cellulose has traditionally been sourced 
from plants. However, refining of plant cellulose 
typically involves harsh, aggressive processing to 

remove noncellulose materials such as lignin and 
hemi-cellulose. Fortunately, an alternative source of 
cellulose where no chemical or mechanical refining 
is necessary is available. Bacterial cellulose (BC) 
has been developed as an alternative to plant 
cellulose. Due to its high water-holding capacity, 
high crystallinity, high tensile strength and fine web-
like network structure, which means that it can be 

formed into any size or shape, BC could be used as a 
promising biomaterial [4-8]. 

Bacterial cellulose (BC) belongs to the 
products of primary metabolism and it has a 
protective role whereas plant cellulose plays a 
structural role. In terms of chemical structure, 
bacterial cellulose is identical to that produced by 

plants. However, bacterial cellulose membranes 
possess excellent mechanical strength and high 
surface area when compared to plant derived 
cellulose due to the highly crystalline structure and 
reduced fiber diameter. These properties make it an 
interesting biomaterial for applications as nutritional 

component, artificial skin, composite reinforcement, 
nerve regeneration etc [3-8]. 

PHAs are a class of natural thermoplastic 
polymers. Due to their properties, similar to those of 
conventional plastics and to their biodegradability, 
they have attracted much interest as alternatives to 
synthetic polymers, the more so as they can be 

produced from renewable resources and processed 
with the aid of equipment used for polyolefins or 
other synthetic materials. As these biopolymers are 
biodegradable and biocompatible, they are suitable 
for many biomedical applications such as surgical 
sutures, long term carriers of drugs and tissue 
engineering [9-13]. Among the PHA biopolymers 

family, poly-3-hydroxybutyrate (PHB) is produced 
by Ralstonia eutropha. PHB is a biocompatible, 
biodegradable and thermoplastic polymer, with the 
thermoplastic-like properties offering the possibility 
for potential replacement of non-degradable 
polymers currently used such as polyethylene and 
polypropylene [14]. Poly(hydroxybutyrate-co-

hydroxyvalerate) (PHBV) is a bacterially derived 
co-polymer which is produced by fermentation [15]. 
Belonging to the family of poly(hydroxyalkanoates), 
this biopolymer has been the focus of several studies 
investigating its thermal, physical and mechanical 
properties and its use in scaffolds for tissue 
engineering. 

The development of composites from PHAs 

and bacterial cellulose is an interesting approach of 
biomaterials taking benefits of PHAs and pure 
cellulose properties. While plants mostly produce 
cellulose as a complex with lignin, hemicelluloses, 
pectin, biogenetic products, this polymer is produced 
in a pure form by some kinds of microbial cells such 
as: Acetobacter, Agrobacteria, Rhibozia and Sarcina 

strains. The diameter of BC fibrils is one thousand 
of plant cellulose fibrils; thus, BC has a large 
specific surface area, higher water retention value 
and high tensile strength compared with plant 
cellulose.  

This paper focuses on the synthesis and 
characterization of composite materials based on 
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bacterial cellulose and poly(3-hydroxybutyrate-co-3-

hydroxyvalerate) as biodegradable scaffolds for 
tissue engineering applications. 

 
Materials and methods 

 

Bacterial cellulose membranes were kindly 
provided by National Institute for Chemical 

Pharmaceutical Research and Development (ICCF 
Bucharest, Romania). The microorganism used in all 
the experiments for obtaining BC was Acetobacter 
xylinium DSMZ (ICCF 398).  

Hydrated (99% water, fig.1) BC membranes 
(5 mm thick) were carefully dried at 30 °C for 48 h 
and used for composites preparation. Poly(3-

hydroxybutyrate-co-3-hydroxyvalerate2%) 
(PHBHV) copolymer was dissolved in boiling 
chloroform in closed round bottom flask and under 
stirring for 24 h (3, 5 and 9 wt. %). 

Dried bacterial cellulose membranes were 
immersed in polyester solutions for 24 h and the 
composite materials obtained were left to dry at 
room temperature for 12 h. Composite membranes 

were prepared with the following compositions 
(BC/PHBHV gravimetric ratio): 1/1, 1/2, 1/5. For 
comparison PHBHV films were prepared by casting 
from chloroform solutions on Petri plates. 

FT-IR spectra were taken on a Jasco 4200 
spectrometer equipped with a Specac Golden Gate 
attenuated total reflectance (ATR) accessory, using a 

resolution of 4 cm−1 and an accumulation of 60 
spectra, in the 4000–600 cm−1 wavenumber region. 
XRD patterns were obtained using a RIGAKU 
miniflex II diffractometer with CuKα radiation. 
Morphological information including internal 
structure was obtained through the scanning electron 
microscopy analysis of the gold-coated specimens. 

The analysis has been performed using a QUANTA 
INSPECT F SEM device equipped with a field 
emission gun (FEG) with a resolution of 1.2 nm and 
with an X-ray energy dispersive spectrometer (EDS) 

Thermogravimetric measurements of each 
sample were performed at 10 °C/min, in nitrogen 
atmosphere, from ambient temperature up to 600°C, 
using TGA Q500 equipment (TA Instruments). The 

samples weight was 2.2 ± 0.1 mg. 
KSV CAM 200 apparatus was used for static 

contact angle measurements performed on dried films.  

Ultrapure water droplets were used with a drop volume 

of 20 μl. The measurement of each contact angle was 

made within 10 s after each drop to ensure that the 

droplet did not soak into the compact. The contact 

angles reported were the mean of 10 determinations. 

Surface free energies were also calculated for polyester 

films, cellulose membranes and composite materials. 

For biological tests macrophage cell line 
was employed. The macrophage is considered to be 
an important cell in the initial non-specific host 
response against biomaterials [24-25]. Macrophages 
are responsible of the elimination of foreign bodies 
in the organism. 

The biocompatibility of composite materials 

was assessed by using L929 mouse fibroblast cells 
monolayers grown on polymer films covering 
approximately 90% of the well surfaces in 24-well 
cell culture plates. Cells were cultured in Dulbecco’s 
Modified Eagle’s Medium (DMEM) supplemented 
with 10% fetal bovine serum and 1% antibiotics 
(penicillin and streptomycin) at 37ºC in a humidified 
incubator with 5% CO2. After 24 h incubation, 

polymer films were removed and the number of cells 
grown both on their surface and adjacent well 
bottom were measured using an MTT [3-(4,5-
dimethylthiazol-2-yl)-2,5-diphenyltetrazolium 
bromide]-based cell viability test. This assay is 
based on the ability of dehydrogenase enzymes from 
viable cells to cleave the tetrazolium rings of the 

pale yellow MTT and form insoluble dark blue 
formazan crystals. Cell lysis and crystals 
solubilization was performed and the absorbance at 
540 nm is directly proportional to the number of 
viable cells. Finally, the cells were microscopically 
examined for detecting cytotoxicity visible signs, 
cellular lysis or cellular components dimensions and 
conformation (optical microscopy, ZEISS - Axiovert 

135 Microscope). A cellular viability test (MTT) 
was also employed and the number of cells grown 
on polymer films was calculated relative to an 
equivalent area of cells culture plastic. 

 

Results and discussion 

 

Macroscopically relatively homogenous 
membranes were obtained for all PHBHV/BC 
composites. Pure BC and composite membranes 
appear transparent milky and white/brownish 
respectively (fig.1-2). 

FTIR-ATR analysis was performed on BC 
membranes, PHBHV films and newly obtained 

composite materials. The BC spectrum revealed the 
presence of characteristic peaks for cellulose at 3338 
cm-1 (OH), 2970 and 2895 cm-1 (CH2), 1371 cm-1 
(CH), 1158 cm-1 (C-O-C), 1105 cm-1 (C-C), 1052 
cm-1 (C-O), figure 3. In the spectrum of composite 
an intense peak at 1725 cm-1 appears and it 
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corresponds to specific vibration of C=O from 

polyester (PHBHV, figure 4 ). 
XRD analysis was performed on cellulose 

membranes, PHBHV films and BC/PHBVcomposite 
membranes. The high degree of crystallinity of 
cellulose is evidenced by 3 diffraction peaks for 
bacterial cellulose at 2θ diffraction angles of 14.5°, 
17° and 22.76° (figure 5). Characteristic diffraction 

peaks for PHBHV copolymers are shown  at 2θ 
diffraction angles of 13.54°, 16.97°, 21.62°, 22.56° 
respectiv 25.59 (figure 6). Diffraction patterns 
obtained for the composite membranes show mainly 
the cellulose peaks at 1/1 ratio between BC/PHBHV 
(figure 7). When the ratio is in favour of polyester 
the peaks characteristic for PHBHV could be seen 

on the diffractograms. The analysis of crystallite 
dimensions based on Scherrer equation shows a 
modification of dimension for composites as 
compared to unmodified bacterial cellulose 
membrane. Crystallite dimension of 2.68 nm 
characteristic for cellulose membranes increases for 
composites due to te presence of PHBHV copolymer 
(8.86 nm for pure polyester). 1/1 BC/PHBHV has a 

crystallite dimension of 3.23 nm, 1/2 BC/PHBHV 
3.45 nm (slight increase with the polyester 
concentration) reaching for 1/5 ratio a dimension of 
5.04 nm. In this way it is clear that crystallinity of 
bacterial cellulose is modified by the presence of 
copolyester. 

Figures 8-12 shows representative SEM 

images of a polyester PHBHV film obtained by 
casting from the chloroform solution, a pure BC 
membrane, and the 1/1, 1/2 and 1/5 mass ratio 
BC/PHBHV composite. 

Figure 8 shows the surface image of the 
pure polyester film. Microparticles are observed on a 
compact, smooth and uniform structure. Images 

obtained for pure BC membrane (figure 9) reveals 
the ultrafine network structure composed of a 
random assembly of cellulose nanofibrils less than 
100 nm wide. Figure 10-12 shows images obtained 
for of 1/1, 1/2 and 1/5 BC/PHBHV composite ratio. 
PHBHV particles are somehow embedded within the 
cellulose nanostructure or they cover the surface of 
the cellulose nanofibrils. 

Figure 13 shows TGA results with DTG 
curves also (figure 14). The curve obtained for the 
pure BC membrane shows two significant events of 
weight loss. The first gradual one involving 
aproximatively 5% mass loss occurs from room 
temperature up to 220 °C and can be associated with 
loss of surface residual water; the second one, 

observed around 320 °C, could be attributed to BC 

pyrolysis. A residue of 20% of carbonaceous 

materials is noticed. TGA curve for PHBHV 
copolymer powder shows only one weight loss 
starting at around 270 °C up to 300 °C due the 
thermal decomposition of the material. Almost no 
residue is observed. For polyester film another mass 
loss is initially observed up to 200 °C due to residual 
solvent from the casting technique for film 

obtaining.  TGA curves obtained for BC/PHBHV 
composites have a similar behaviour observed for 
the pure composite components. A continuous mass 
loss of around 5% is observed from room 
temperature up to around 250 °C. After that a second 
important event is observed starting at around 260 
°C up to 380 °C which is a temperature higher than 

the temperature observed for pure polyester. The 
residue mass was observed to depend to a low extent 
on the PHBHV relative content. 30% mass residue is 
observed for most of the composite samples with 
various BC/PHBHV ratios. 

Contact angle measurements showed a value 
of BC membrane contact angle of 28° in good 
agreement with the hydrophilic nature of the 

material. On the other hand the value of the 
polyester contact angle is approximatively 91° 
corresponding to the hydrophobic nature of PHBHV 
film. The composites obtained by the immersion of 
the BC membranes in polyester solutions in 
chloroform should have a more hydrophobic surface. 
This fact is proved by the value of the contact angle 

(73°). The computation of the free surface energies 
relies on Young-Dupre equation (1-2) and Fawkes 
equation (3) and take into account the values for the 
contact angles and the superficial tensions of two 
solvents: water and ethyleneglycol. 
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 The values obtained for these materials (1/1 
ratio between BC/PHBHV) are in good agreement 
with the above presented data and the surface nature 
of the new composite material (table 1). 

Biocompatibility test results showed that the 
cytotoxicity of the BC/PHBHV composite 
membranes was assessed on L929 murine cell line.. 

Figure 15 shows the adherence of the cells onto the 
composite membranes with 1/1 BC/PHBHV ratio 
and control sample (polystyrene - cells culture 
plastic) and the image of cells growth on a blank 
test, respectively on composite membranes are 
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presented in figure 16. Biological investigations 

showed that most of the cells retained their typical 
morphology with extensions proving that the 
composite materials did not exhibit cytotoxic effect. 

 
Conclusions 

 

New composite materials based on 
PHBHV/BC were prepared by immersion of the 
cellulose membranes in chloroform polyester 
solutions (different PHBHV/BC mass ratios). 
Development of biodegradable PHAs/BC 
composites for tissue engineering (blood vessel 

engineering) is a challenging concept to develop. A 
composite material based on PHAs/BC composites 
will ensure the required mechanical integrity of the 
scaffold and controllable biodegradability. 
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Tables and figures 

 

 
Fig.1. Swollen bacterial cellulose obtained from 

Acetobacter xylinium DSMZ 

 

 
Fig.2. Dried bacterial cellulose membranes obtained  

from Acetobacter xylinium DSMZ 

 

 
Fig.3. FTIR spectrum for pure bacterial cellulose 

membrane 

 

 

 
Fig.4. FTIR spectrum for PHBHV/BC composite 

 

 

 
Fig.5. XRD diffractogram for bacterial cellulose 

membrane 

 
Fig.6. XRD diffractogram for pure PHBHV polyester 
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Fig. 6. XRD diffractogram for BC/ PHBHV composite 

1/1 ratio 

 

 
 

Fig.8. SEM microphotograph showing the pure PHBHV 

polyester film 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

Fig.9. SEM microphotograph showing the structure 

of pure bacterial cellulose 

 

 
 

Fig.10. SEM microphotograph showing the structure of 

1/1 BC/PHBHV composite 

 

 

 

 

 

 

 

 

 

 

 

 

ICCM19 513



 

7  

NEW COMPOSITES BASED ON BACTERIAL CELLULOSE AND 

PHAS FOR TISSUE ENGINEERING APPLICATIONS 
 

 

 
 

Fig.11. SEM microphotograph showing the structure of 

1/2 BC/PHBHV composite 

 

 
 

Fig.12. SEM microphotograph showing the structure of 

1/5 BC/PHBHV composite 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.13. TGA results for bacterial cellulose membrane, 

PHBHV powder and film, 1/1, 1/2 and 1/5 

BC.PHBHV composites 

 

 

 
Fig.14. DTG curves for bacterial cellulose membrane, 

PHBHV powder and film, 1/1, 1/2 and 1/5 

BC.PHBHV composites 
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Table 1. Contact angle measurements and free surface 

energies for PHBHV, BC and composite materials  

 

Material Contact angle,  

° 

Free 

surface 

energy* 

mN/m 
Water Ethylene 

glycol 

PHBHV 2% film 91.35 71 21.24 

Pure BC 

membrane 

28.86 24 71 

Composite 

BC/PHBHV, 1/1 

73 50,15 21 

* based on ecuatia Young-Dupre and Fawkes 

 

 

 
Fig.15. Cells growth on BC, PHBHV and composite 

materials membranes: 1 – initial swollen BC; 2 – purified 

BC membrane; 3- PHBHV film; 4 - BC/PHBHV 

composite membrane 1/1; 5 – BC/PHBHV composite 

membrane 1/2; 6 – BC/PHBHV composite membrane 1/5 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 16. Optical microphotographs OM cells cultured 

grown on: a – blank test; b - BC/PHBHV 1/1 composites.  
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1 Introduction

This paper focuses on the accurate numerical rep-
resentation of complex networks of evolving dis-
continuities in solids, with particular emphasis on
cracks. The limitation of the standard finite ele-
ment method (FEM) in approximating discontin-
uous solutions has motivated the development of
re-meshing [1], smeared crack models [2, 3], the
eXtended Finite Element Method (XFEM) [4–6]
and the Phantom Node Method (PNM) [7].

We propose a new method which has some
similarities to the PNM, but crucially: (i) does
not introduce an error on the crack geometry
when mapping to natural coordinates; (ii) does
not require numerical integration over only part
of a domain; (iii) can incorporate weak disconti-
nuities and cohesive cracks more readily; (iv) is
ideally suited for the representation of multiple
and complex networks of (weak, strong and cohe-
sive) discontinuities; (v) leads to the same solu-
tion as a finite element mesh where the disconti-
nuity is represented explicitly; and (vi) is concep-
tually simpler than the PNM.

2 Brief overview of the Phan-
tom Node Method

2.1 Introduction

The static equilibrium of a body with volume Ω
under body forces with density f (acting on Ω)
and traction t acting on the boundary ΓΩ can be
expressed in the weak form as:∫

Ω
εT(v)σ (u) dΩ =

∫
Ω

vTf dΩ +
∫

ΓΩ
vTt dΓΩ

(1)

where u is the displacement; v is the test function;
ε is the strain, related to u through the differ-
ential operator relative to Cartesian coordinates
Lx as ε = Lx(u); and σ is the stress, related
to the strains through Hook’s law as σ = Dε,
with D being the constitutive tensor. In the
PNM, Fig. 1a, each real node i (characterised by
its nodal coordinates xi and degrees of freedom,
DoF, qi) is accompanied by a phantom node i′
(with the same nodal coordinates xi′ , i.e. xi′ ≡ xi,
and associated DoF qi′ ; in general, qi′ 6= qi).

2.2 Without a discontinuity

If there is no discontinuity to be modelled by the
element (e.g. before failure), the element is sim-
ply a standard finite element. The vector of nodal
coordinates is given as xΩ. In the case of Fig. 1a,

xT
Ω = [x1,x2,x3,x4] = [x1′ ,x2′ ,x3′ ,x4′ ] . (2)
The Jacobian of the transformation from

physical (x) to natural (ξ) coordinates is:

J = dx
dξ = dN

dξ xΩ , (3)

where N is a standard matrix of shape functions.
Assuming an isoparametric formulation, the dis-
placement field u is related to the real DoF q
through the same matrix N, i.e.:

u = Nq. (4)
In the case of Fig. 1a, qT = [q1,q2,q3,q4].

The strains can also be expressed in terms of the
real DoF q as:

ε = Lx (u) = Lξ (N) J−1q = Bq , (5)
with B = Lξ (N) J−1, leading to:

K =
∫

Ξ
BTDB det (J) dΞ, (6)
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where Ξ is the integration domain (in natural co-
ordinates) corresponding to Ω (in physical coor-
dinates), and to the vector of nodal forces:

Q =
∫

Ξ
NTf det (J) dΞ +

∫
ΓΞ

NTt det (J) dΓΞ

(7)
where ΓΞ is the boundary corresponding to ΓΩ.
Equilibrium, Eq. 1, becomes then:

Kq = Q. (8)

Eq. 8 involves only the real DoF; for complete-
ness, the phantom DoF can be defined using con-
straint equations so that they coincide with the
real DoF; otherwise, they can be removed from
the system of equations during assembly.

2.3 With a discontinuity

A discontinuity in the element can be predicted
through generic stress-based criteria or otherwise;
§ 3.7 delves in more detail into propagation mod-
els and criteria. Once a discontinuity is predicted,
the points at which it crosses the element are de-
fined (points 5 and 6 in Fig. 1a). In this case, the
vector of nodal coordinates xΩ is still given by
Eq. 2, and the Jacobian J is still given by Eq. 3.
However, the element is split in two partitions ΩA
and ΩB, as indicated in Fig. 1a, and the displace-
ment u is no longer related to the real DoF q by
Eq. 4. Instead, the displacements uA and uB, in
partitions ΩA and ΩB respectively, are interpo-
lated separately from the respective DoF:

uA = NqA and uB = NqB. (9)

In the case of Fig. 1a, qT
A = [q1′ ,q2′ ,q3,q4] and

qT
B = [q1,q2,q3′ ,q4′ ]. The strains then become:

εA = Lx (uA) = Lξ (N) J−1qA = BqA (10)
εB = Lx (uB) = Lξ (N) J−1qB = BqB.(11)

with B = Lξ (N) J−1. Note that the B matrix
(Eqs. 10 and 11) is the same for both partitions
ΩA and ΩB. The stiffness matrices for partitions
ΩA and ΩB are obtained by integrating over the
corresponding domain in the natural space, i.e.:

KA =
∫

ΞA
BTDB det (J) dΞ

KB =
∫

ΞB
BTDB det (J) dΞ.

(12)

Note that the integrands for partitions ΩA and
ΩB in Eq. 12 are the same; only the integration
domains (ΞA and ΞB, respectively) are different.
Similarly, the force vectors are:

QA =
∫

ΞA
NTf det (J) dΞ +

+
∫

ΓΞA

NTt det (J) dΓΞ and (13)

QB =
∫

ΞB
NTf det (J) dΞ +

+
∫

ΓΞB

NTt det (J) dΓΞ, (14)

where again the integrands are the same for both
partitions but the integration domains differ. Fi-
nally, from Eq. 1, the equations of equilibrium are:

KAqA = QA and KBqB = QB. (15)

3 Floating Node Method

3.1 Overview of the approach

§ 2 shows that, in the PNM, phantom DoF do not
need an associated position vector before the ele-
ment is split (§ 2.2; in fact, before the element is
split, the phantom nodes are also not needed, but
their presence is convenient for implementation
in existing FE codes). After the element is split,
the nodal position associated with the phantom
DoF is not the most suitable in terms of transfor-
mation to the natural coordinate system nor in
terms of integration.

This observation forms the basis of the FNM,
which we detail in this section. In the FNM, see
Fig. 1b, each real node i is characterised by its
nodal coordinates xi and associated DoF qi; in
addition, the element contains a suitable num-
ber of floating DoF without pre-defined associated
nodal position vectors.

3.2 Without a discontinuity

If there is no discontinuity to be modelled by the
element (e.g. before failure), the formulation is
the same as in the standard FEM or the PNM.
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3.3 With a discontinuity

Once a discontinuity in the element is predicted
(see § 3.7), and thus the coordinates of the points
which define the intersection between the discon-
tinuity and the element defined, the element is
split in two or more partitions. We will illustrate
in detail firstly the most typical situation in which
the element is split in two partitions, ΩA and ΩB
(Fig. 1b).

Unlike in the PNM, we define a vector of nodal
coordinates for each partition ΩA and ΩB, xA and
xB respectively. For the case in Fig. 1b, these
would be (c.f. Eq. 2):

xT
ΩA = [x5,x6,x3,x4] and xT

ΩB = [x1,x2,x6,x5] .
(16)

This is possible because x5 and x6 can be directly
obtained once the failure criterion is fulfilled and
the discontinuity is defined. Each partition has
then a separate Jacobian (c.f. Eq. 3),

JA = dx
dξ = dN

dξ xΩA and JB = dx
dξ = dN

dξ xΩB .

(17)
The displacements uA and uB, in partitions

ΩA and ΩB respectively, are interpolated sep-
arately from the respective DoF. Assuming an
isoparametric formulation,

uA = NqA and uB = NqB. (18)

In the case of Fig. 1b, which represents a strong
discontinuity, qT

A = [q5,q6,q3,q4] and qT
B =

[q1,q2,q6′ ,q5′ ]. Note that there are four differ-
ent sets of floating DoF: q5 is different from q5′

and q6 is different from q6′ . If, for instance, a
weak discontinuity were to be modelled, only two
sets of floating DoF would be included in the el-
ement, and the DoF with a prime would coincide
with those without a prime.

The strains then become (c.f. Eqs. 10 and 11):

εA = Lx (uA) = Lξ (N) J−1
A qA = BAqA (19)

εB = Lx (uB) = Lξ (N) J−1
B qB = BBqB (20)

with BA = Lξ (N) J−1
A and BB = Lξ (N) J−1

B . The
stiffness matrices for partitions ΩA and ΩB are
(c.f. Eq. 12):

KA =
∫

Ξ
BT

ADBA det (JA) dΞ

KB =
∫

Ξ
BT

BDBB det (JB) dΞ.
(21)

Note that the integrands for partitions ΩA and ΩB
in Eq. 21 are different but the integration domain
(Ξ) is the same (the usual integration domain of
a standard finite element). Similarly, the force
vectors are (c.f. Eqs. 13 and 14):

QA =
∫

Ξ
NTf det (JA) dΞ +

∫
ΓΞ

NTt det (JA) dΓΞ

QB =
∫

Ξ
NTf det (JB) dΞ +

∫
ΓΞ

NTt det (JB) dΓΞ.

(22)
Finally, from Eq. 1, the equations of equilibrium
are:

KAqA = QA and KBqB = QB. (23)

3.4 Different geometries for the discon-
tinuities and integration

Fig. 1b (see also Fig. 2a) shows one particular
case for the intersection between a quadrilateral
element and a strong discontinuity. Another pos-
sibility (needed also to represent accurately the
crack tip, see § 3.6) is shown in Fig. 2b. Finally,
other possibilities for the intersection may lead to
different partitions of Ω (Figs. 2c, 2d, 2e, 2f, 2g
and 2h. Cohesive cracks (Fig. 2i) can be repre-
sented by partitioning the integration domain Ω
into two quadrilaterals (ΩA and ΩB) and a surface
(ΓΩc).

3.5 Representation of discontinuities

Representing a discontinuity across an entire
mesh implies passing information which defines
this discontinuity to each element. With this in-
formation, the element will follow the appropri-
ate integration procedure (see Fig. 1b). Level set
methods are for instance well suited for this pur-
pose. We present below an alternative to the level
set method which offers some advantages for the
representation of complex crack networks.

We firstly define an edge status variable µ for
each edge with global index j:

µ(j) =


−1, if no discontinuity at edge Ej ;

0, if Ej is at a crack tip;
1, if a crack crosses through Ej .

(24)
and then define a dataset for each edge j:

µ(j) , ξ(j) (25)
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where ξ(j) contains the natural coordinates of
the intersection of a discontinuity with edge j,
if such intersection exists. The dataset is then
made available to all elements that include edge
j. The initial status of a discontinuity (prior to
an analysis) can be defined through an array of
initial values for the dataset in Eq. 25.

3.6 Representation of a crack tip

Considering Fig. 2j, suppose that the strong dis-
continuity terminates at edge E2, i.e., the element
to the right of E2 has not failed. The existence of
a crack tip at edge E2 implies that q6 = q10. Clos-
ing the crack tip can be achieved through inter-
nal assembly of floating nodes or using constraint
equations.

Considering Figs. 3a and 3b, it is clear that
closing the crack tip is not sufficient for an accu-
rate representation of the crack tip; in fact; the
transition from a strong discontinuity to no dis-
continuity can lead to an artefact whereby the el-
ement at the crack tip (see Figs. 3a and 3b) does
not have the adequate topology for connecting to
the adjacent uncracked element (lack of compat-
ibility). Figs. 3c and 3d show that this can be
mitigated to an extent using constraint equations
which define the DoF at the crack tip through in-
terpolation of suitable DoF of the element at the
crack tip.

A better solution is shown in Figs. 3e and 3f;
the lack of compatibility can be avoided by us-
ing a transition element at the crack tip (in fact,
the code required for doing this is exactly the
same that is used to represent weak discontinu-
ities within the FNM).

Fig. 3g shows that refinement elements can be
used as well, leading to further improvements in
the representation of the crack tip. If at least one
refinement element is used (Fig. 3g), then the one
step virtual crack closure technique (VCCT) can
be used directly to model propagation of strong
discontinuities, as detailed in § 3.7.2.

3.7 Propagation of discontinuities

3.7.1 Stress based criteria with cohesive
formulations

When a crack in a floating node element is rep-
resented through a cohesive model, with the lat-

ter having a stress-based failure initiation crite-
rion embedded in its formulation, it is natural to
also use an identical stress-based failure criterion
to decide on the eventual propagation of a crack
through an element. If the failure criterion for the
cohesive element is:

f(σ) = 0, (26)

then the propagation criterion (to activate the
floating DoF so as to form a cohesive sub-element
along the potential crack path) can be:

f(σ) = ε, with − 1 ≤ ε ≤ 0, (27)

where ε is a user-defined non-positive number
such that the floating DoF are activated before
propagation is due to occur.

3.7.2 Virtual crack closure technique

It is possible to propagate cracks without using
stress measures directly; i.e. using fracture me-
chanics concepts only. For this, Virtual Crack
Closure Technique (VCCT) [8] is particularly well
suited for using with the FNM.

Consider Fig. 3g, where the element at the
crack tip (refinement element labelled R) has not
failed yet, but contains a weak discontinuity. The
weak discontinuity is introduced to better repre-
sent the crack tip. It is equivalent to a local mesh
refinement, and can be extended to several ele-
ments ahead of the crack tip. Let F be the inter-
nal force vector at the crack tip and JqK be the
displacement jump at the opposing edge in the
wake element. Also, let AW be the area of the
crack surface in the element on the wake of the
crack (for a 2 dimensional problem, AW = `Wb,
where `W is indicated in Fig. 3g and b is the thick-
ness) and ACT be the area of the crack surface in
the element at the crack tip (for a 2 dimensional
problem, ACT = `CTb, where `CT is indicated in
Fig. 3g). Then, the energy release rates for modes
I and II can be calculated as [9]:

GI = 1
2AW

FnJqnK
(
AW
ACT

)1/2

(28)

GII = 1
2AW

FtJqtK
(
AW
ACT

)1/2

(29)

where Fn and Ft are, respectively, the components
of F in the normal and tangential directions to
the crack, and JqnK and JqtK are respectively the
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components of JqK in the normal and tangential
directions to the crack.

Once the energy release rates are known, a
criterion of the form:

f(GI, GII) = 0 (30)

can be used to decide on the eventual propaga-
tion of a crack through the element and on the
direction of the crack.

Calculating the energy release rates in Eqs. 28
and 29 requires that the element at a crack tip has
access to the displacement jump at the opposing
edge in the element in the wake of the crack. This
can be achieved by expanding the dataset for each
edge j (Eq. 25) with more information to become:

µ(j) , ξ(j) , JqK
(
j̄
)
, n

(
j̄
)
, A

(
j̄
)

(31)

where JqK
(
j̄
)

is the displacement jump at the
other (opposing) edge of the element in the wake
of the crack (W in Fig. 3g), n

(
j̄
)
is the normal

to the crack direction in element W, and A
(
j̄
)
is

the crack area in element W.

3.8 Implementation in existing FE
codes

The validation and application examples below
were obtained through an implementation of the
FNM in an User Element (UEL) subroutine in the
commercial code Abaqus [10].

4 Validation

4.1 Convergence and accuracy

We compare the mesh convergence of the PNM
and FNM in the evaluation of stress intensity fac-
tors (SIF) for an edge crack propagating in mode I
(Fig. 4a). The numerical evaluations for the FNM
are performed with VCCT as presented in § 3.7.2,
and for PNM with VCCT as implemented in the
commercial software Abaqus [10]. The model has
dimensions W = 9mm, L = 37mm and a =
3mm. The Young’s modulus is E = 200GPa and
the Poisson’s ratio is ν = 0.3. The applied stress
is σ = 1MPa. The plate is discretised uniformly

with nW and nL four-noded plane stress ele-
ments, in the width and height directions, respec-
tively. The four meshes created have (nW , nL) =
(9, 37); (18, 75); (36, 149) and (42, 173). The re-
sults are summarized in Fig. 4b. The FNM can be
seen to converge monotonically and more rapidly
than the PNM used for comparison.

We now evaluate the stress intensity factors
(SIF) for a centre slant crack (Fig. 5a) obtained
by the FNM against the corresponding analytical
solutions [11] in mode I (KI) and mode II (KII),
for different orientations θ of the crack. The nu-
merical evaluations for the FNM are performed
with VCCT as presented in § 3.7.2. For FNM
with VCCT, when the crack separates the orig-
inal element domain into a triangle and a pen-
tagon, both the partitions shown in Fig. 2d and
that shown in Fig. 2e are employed. The model
has dimensions L = W = 10mm and the hori-
zontal projection of the crack is a cos θ = 0.1W .
The Young’s modulus is E = 200GPa and the
Poisson’s ratio is ν = 0.3. The applied stress is
σ = 1MPa. The plate is discretised uniformly
with a coarse mesh (80 elements across the width
and 81 elements across the height). Plane stress
conditions are assumed. The results are summa-
rized in Fig. 5b. The data-points labelled ‘Int. 1’
are obtained with FNM-VCCT using the parti-
tion in Fig. 2d, and the data-points labelled ‘Int.
2’ are obtained with FNM-VCCT using the par-
tition in Fig. 2e.

4.2 Crack propagation

A double cantelever beam (DCB) test is used to
simulate a propagating crack for a case in which
the analytical solution (using corrected beam the-
ory [12]) is known. The material is representative
of carbon/PEEK fibre reinforced composite [13]
and is modelled as an orthotropic material. The
geometry, boundary conditions and mesh are de-
scribed in Fig. 6a; the width of the specimen is
25.4mm; the elements are 0.25mm in length and
the most refined elements near the mid-section are
0.124mm in height. The cohesive zone approach
with a standard bi-linear law and a stress-based
criterion as described in § 3.7.1 is employed to de-
termine the initiation and propagation of a crack.
Since the loading is purely in Mode I, the choice of
failure initiation criterion and mixed-mode dam-
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age propagation law are irrelevant; we therefore
use the typical quadratic interaction criteria for
both initiation and propagation.

This case is analysed with both the FNM and
the PNM (the latter implemented in the commer-
cial software Abaqus [10]). For the FNM, the
transition element shown in Fig. 3f is employed
for the element in front of the crack tip. The par-
titioning of the transition element into a floating
node element containing a cohesive sub-element
(Fig. 2i) is carried out as detailed in § 3.7.1 with
ε = 0. The propagation of the crack is then de-
termined by the failure of the cohesive elements.
The results are shown in Fig. 6b.

5 Application: modelling of the
growth of matrix crack den-
sity in a cross-ply laminate

In this section, we analyse the problem of inter-
action between matrix cracks and delamination
on a cross-ply [02/904]S laminate of toughened
glass/epoxy, tested in tension by Joffe and Varna
[14]. In this problem, correctly capturing the ma-
trix crack/delamination interaction mechanism is
important for the accurate prediction of matrix
crack saturation and consequent transition to de-
lamination.

Fang et al. [15] (see Fig. 7a) showed that us-
ing non-matching meshes at a crack intersection
(e.g. using the PNM for the 90◦ matrix cracks in
the 90◦ ply and cohesive elements at the interface
for the delamination) leads to an inaccurate repre-
sentation of the displacement jump (and hence of
the cohesive traction) at the interface. Capturing
correctly the displacement jump requires further
DoF at the intersection between cracks (Fig. 7b);
the FNM method is particularly well suited to
model intersecting cracks, capturing correctly the
displacement jump at the interface.

Based on the FNM, an element specifically de-
signed for cross-ply laminates is formed with both
real nodes and floating nodes, as shown in Fig. 7c.
It makes use of the known position of the inter-
face, so that the interface is not seeded with real
nodes (Fig. 7d); instead, it is represented by cohe-
sive elements formed with floating nodes. In this
way, minimum seeding is required during prepro-
cessing.

Failure occurs essentially under tension (mode
I) in the 90◦ ply and under shear (mode II) for
the delamination. The choice of failure initia-
tion criterion and mixed-mode damage propaga-
tion law are therefore largely irrelevant in this
case. We therefore use the typical quadratic in-
teraction criteria for both initiation and propaga-
tion. All material properties are taken from the
literature [14, 16, 17]. Since the loading is uniform
in tension, a 10% reduction on transverse tensile
strength and mode I critical energy release rate
is introduced in the element at the centre so as
to initiate failure at the centre of the model. The
model, Fig. 8a, represents half of the laminate,
with symmetric boundary conditions applied on
the bottom surface of the 90◦ plies.

Figs. 8b and 8c show the failure pattern pre-
dictions for the laminate when using the FNM el-
ement from Figs. 7c and 7d. To demonstrate how
crucial it is to have matching meshes at the crack
intersections, a second model was created, differ-
ing only in that only one cohesive sub-element
is used to model the delamination in each FNM
element (as in Fig. 7a), rather than two. This sec-
ond model corresponds very closely to a model in
which matrix cracks in the 90◦ ply are modelled
with the PNM and the delamination is modelled
independently using cohesive elements. The re-
sulting crack pattern, at the same level of strain
as in Figs. 8b and 8c, is shown in Figs. 8d and 8e.
The second model predicts significantly less de-
lamination than the FNM model. The simulation
shows that delamination does not start from the
element containing the matrix crack; instead, it
occurs firstly in the elements next to the cracked
element. This non-physical sequence of delamina-
tion propagation is expected in the formulation of
the non-matching meshes (Fig. 7a).

Fig. 9 shows the crack density vs. applied
strain predictions. While both models are able
to capture the growth of crack density with ap-
plied strain, only the first model (with matching
mesh at the crack intersections) is able to predict
saturation accurately; the second model contin-
ues to predict an increase in crack density, albeit
at a lower growth rate, after saturation should
have occurred. This example thus demonstrates
the capability of using the FNM to construct ele-
ments for the modelling of specific geometries and
complex crack networks.
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6 Conclusion
This paper proposes a floating node method
which can be implemented in existing finite el-
ement packages. The paper demonstrates that
the floating node method has the following ad-
vantages over alternative methods, in particular
the phantom node method: (i) it does not intro-
duce an error on the crack geometry when map-
ping from physical to natural coordinates; (ii) the
integration is simple, as it does not require numer-
ical integration over only part of a domain; (iii) it
leads to the same solution as a finite element mesh
where the discontinuity is represented explicitly;
(iv) it can incorporate weak discontinuities and
cohesive cracks readily; (v) it can be readily com-
bined with VCCT; (vi) it provides accurate pre-
dictions for stress intensity factors under generic
mode ratios; (vii) it is ideally suited for the rep-
resentation of multiple and complex networks of
(weak, strong and cohesive) discontinuities; and
(viii) it can successfully predict certain interac-
tions between matrix cracking and delamination.
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Fig. 1. Comparison between the Phantom Node Method and the Floating Node Method.
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Fig. 3. Using local refinement elements and transition elements to represent the crack tip more accurately
(see key in Fig. 1b).
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(b) Accurate modelling of the transition from matrix cracking to delamination when using the FNM element from Figs. 7c
and 7d.

(c) Zoom of FNM mesh in Fig. 8b.

(d) Model with non-matching mesh at the intersection, showing that some transition to delamination is not correctly
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(e) Zoom of non-matching mesh in Fig. 8d.

Fig. 8. Modelling the transition from matrix cracking to delamination in a cross-ply composite specimen.
The red dots indicate failure at the corresponding integration points.
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Non-matching mesh results in over-prediction of this density. Experimental data is from Joffe and Varna
[14].
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1 Introduction 

 

The use of carbon fibre-epoxy composites in 
aerospace structures can enable significant weight 

savings and crucial reductions in fuel consumption. 

However, the design of high-performance laminated 

structures still relies heavily on empirical rules, 
particularly in the consideration of damage tolerance 

and fatigue life. The main reason is the complex 

progressive damage behaviour of these materials, 
which are made of relatively brittle fibres and 

matrices with intricate layups and geometries. In 

order to predict the correct macroscopic behaviour 
of the structure in the presence of damage, it is 

necessary to consider the various mesoscopic 

damage mechanisms individually, i.e. delamination, 

matrix cracks and fibre failure, as well as the various 
interactions between them [1]. 

One of the most challenging damage mechanisms to 

model in laminated composites is the so-called 
‘delamination migration’ which happens when a 

delamination propagates through a ply and reaches a 

neighbouring interface resulting in the propagation 

of damage through the thickness of a laminate. 
Delamination migration is difficult to model using 

traditional Cohesive Zone Models (CZM) and the 

Virtual Crack Closure Technique (VCCT) because it 
involves large numbers of cracks with locations 

which cannot be know a priori [2]. 

In the present work delamination migration in 
aerospace-grade carbon fibre-epoxy laminates has 

been investigated experimentally and numerically 

using both the traditional CZM formulation as well 

as a novel mesh-independent implementation based 
on the automatic introduction of additional degrees 

of freedom [3]. 

 

2 Experimental Methods 

The test case studied in this work was a modified 
Double Cantilever Beam (DCB) specimen with a ±θ 

ply interface at the midplane to promote 

delamination migration [4]. This test was chosen 

because it allows the complex delamination 
migration patterns to be observed directly at the end 

of the test without the need for complex 

instrumentation. Thus, it provides a simple 
validation case for Finite Element Analyses results. 

To promote delamination migration, the usual 

unidirectional (UD) layup of DCB specimens was 
modified by introducing a sequence of angle plies at 

the midplane of the specimen. The layup used in this 

work (from bottom to top ply) is given by: 

 

[(+θ2, -θ2,)2, 0, 90, 90, 0 (-θ2, +θ2)2]A
 (1) 

 

where 0 is the specimen length direction, 90 is the 

width direction and angles are measure in 
anticlockwise direction. The ply angle θ considered 

here was 60 degrees. The subscript “A” in (1) 

denotes anti-symmetry of the stacking sequence.  
This layup was designed  in order to promote 

multiple delamination migrations within the central 

8 ply blocks oriented at ±θ, while initially providing 

two balanced and symmetric arms in the specimen. 
A 0-degree ply was introduced in the layup after the 

central block of angle plies to stop the delamination 

migration and prevent the arms from breaking off. A 
fluoro-polymer film was used to create a pre-crack 

along the plane of anti-symmetry at one end of the 

specimen. The laminates were made of Hexcel 
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IM7/8552 UD pre-preg material and manufactured 

as larger plates. These were laid by hand on a flat 

plate and cured in an autoclave, following the curing 
cycle specified by the pre-preg supplier. The average 

cured ply thickness was 0.125 mm. Specimens of 

20 mm by 150 mm were cut from the plates and 
tested according to the ASTM-D5528-01 standard. 

Figure 1 shows a DCB specimen at two successive 

stages during the test. Initially, extensive amount of 

fibre bridging between the ±60° plies was observed 
(Figure 1-a), followed by migration of delamination 

to a neighbouring interface (Figure 1-b). 

Photographs were taken of the fracture surfaces after 
each test in order to characterise the patterns of 

delaminations and matrix cracks. An example is 

shown in Figure 2. These patterns were reproducible 
between repeats of the same test albeit with some 

amount of variation in the migration location. 

 

 

3 Numerical Models 

The modified DCB specimen described in the 

previous section was modelled for the analysis of 
delamination migration. The software 

Abaqus/Explicit was used in all finite element 

analyses. Full 3D ply-level models of the DCB 

specimens were analysed using hexahedral 
continuum elements (C3D8) to represent each ply 

block individually. The orthotropic elastic constants 

for the UD plies investigated are shown in Table 1. 
Delaminations were modelled with layers of 

8-noded cohesive elements (COH3D8) being placed 

between plies and two different strategies were used 
for modelling transverse matrix cracks as detailed 

below. 

 

 

3.1 Conventional cohesive elements 

The baseline methodology was to introduce 

pre-defined matrix crack paths using standard 
cohesive elements (COH3D8) [4]. This strategy has 

proven effective when the patterns of matrix cracks 

can be determined by the presence of stress 
concentrations, e.g. in the analysis of open-hole tests 

[1]. However, to model the angle-ply DCB tests this 

methodology required very complex meshing and 

the use of surface interactions when placing 
cohesive elements between non-coincident meshes. 

For clarity, only the lower arm of the specimen is 

shown in Figure 3. The mesh was refined along the 

first 40 mm of the specimen length starting from the 
tip of the pre-crack, with in-plane element lengths in 

this zone being about 0.25 mm. This region also 

contained potential paths for transverse cracks as 
shown in the detail of Figure 3. Assumptions had to 

be made regarding the location and density of these 

pre-defined crack paths; they were made 

equally-spaced within each ply and vertical through 
the thickness. Figure 4 shows the bands of cohesive 

elements forming potential crack paths within the 

central angled plies (with one ply being shown for 
reference). 

All delamination planes and pre-defined crack paths 

were assumed to exhibit the same cohesive 
properties which are shown in Table 2. These values 

were obtained based on experimental observations 

as described in [5, 6]. 

This method, however, was not able to predict 
delamination migration. FE results after full 

delamination of the refined mesh region are shown 

in Figure 5. It can be seen that delamination is 
predicted only along the specimen mid-plane 

without migrating to any other interface. These 

results are not in agreement with experimental 

observations and the possible reasons for this are 
discussed further in the next sections. 

 

 

3.2 Mesh-independent cohesive cracks 

An alternative to the use of pre-defined crack paths 

has been proposed recently [3] based on the use of a 
user-defined element formulation (VUEL) with an 

embedded cohesive formulation and extra degrees of 

freedom which is capable of modelling arbitrary 

cohesive cracks. 
The procedure is illustrated in Figure 6. When the 

element is ‘undamaged’ it behaves as an 8-noded 

fully-integrated linear isoparametric hexahedral. The 
usual notation for the composite material coordinate 

system is used here, where 1 is the fibre direction 

and 3 is the out-of-plane direction. If the stress 
criterion for damage initiation is satisfied at any 

integration point within the element with respect to 

the local plane 1-3, then a cohesive crack will be 

introduced. The quadratic initiation criterion from 
[5] is used here, i.e. 
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where max

I  and max

II  are the cohesive strengths in 

mode-I and mode-II, respectively, and   denotes 

the McCauley operator. 

The introduction of a strong discontinuity within the 
element requires the introduction of new degrees of 

freedom (or 'extra nodes') which in the present work 

are part of the user-defined element formulation. 

The original element is then 'triangulated' in the 
plane 1-2 so that the hexahedral domain is divided 

into pentahedral sub-domains that follow the new 

crack path. The integration scheme is modified 
accordingly, which requires the projection of state 

variables from the original element to the new 

pentahedral sub-elements. 

Cohesive segments are then introduced along the 
fracture plane. The cohesive law is evaluated at a 

single cohesive integration point for each pair of 

quadrilateral sub-element boundaries. The 
mixed-mode, linear-softening cohesive law 

presented in [5] is used here. The mode ratio is 

estimated at every time step by the ratio between the 

opening displacements in modes I and II, 
I  and 

II  

respectively, and the effective mixed-mode 

softening law is computed by interpolation between 
the two modes as shown in Figure 7. 

The power-law propagation criterion is used here, 

i.e. 
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where 
ICG  and 

IICG  are the critical strain energy 

release rates for pure modes I and II respectively. 

The power-law coefficient n  is found by fitting 

experimental data from mixed-mode tests. This 

coefficient was set to 1 in this work, which gives a 

good fit for the material under consideration [5]; in 

this case equation (3) will retrieve a linear 
interaction criterion. 

In the proposed model the direction of crack 

propagation is determined directly from the local 
fibre orientation. Moreover, through the thickness 

the crack will follow the local 3-direction and 

consequently will be orthogonal to the ply surface as 

shown in Figure 8. 
The assumption of orthogonal through-thickness 

cracks is valid for in-plane tensile loading. However, 

in the presence of compressive and/or shear stresses 
the fracture planes may be ‘slanted’ at certain angles 

which will depend upon the local stress state at the 

time of initiation. The orientation of the fracture 

plane is important because it affects the definition of 
modes I and II components, e.g. in equations (2) and 

(3) and Figure 7. In this work it is assumed that the 

fracture surfaces are parallel to the 3-direction, as 
shown in Figure 8. However the consideration of 

arbitrary orientations may be necessary in the 

analysis of angle-ply DCB tests as will be discussed 
later. 

In order to make the computational costs more 

manageable, in this work only a small portion of the 

specimen was modelled with user-defined elements, 
namely only the four central angle plies along the 

first 40 mm of the specimen length (measured from 

the initial pre-crack front) as shown in Figure 9. The 
remainder of the specimen was modelled with 

standard continuum elements. The in-plane element 

sizes for the user-defined elements were 

1 mm×1 mm and the mesh coarsened gradually 
away from this region. The through-thickness 

discretisation is shown in Figure 10. A single 

element was used through the thickness of each of 
the four central plies. Standard cohesive elements 

were used to model delamination only along the 

three interfaces between the four central angled plies 
(Figure 10). The remaining plies were modelled 

using only four elements through the thickness of 

each arm, and assigning homogenised material 

properties for the corresponding sub-laminates as 
shown in Figure 10. 

As described in [3], a minimum crack spacing 

parameter must be defined because every 
user-defined element only supports a single 

discontinuity. This parameter must be larger than the 

minimum in-plane element size for the mesh being 
analysed. In the present work this element size is 

1 mm×1 mm, and therefore a minimum crack 

spacing of 1.5 mm has been adopted throughout. 

The DCB tests were simulated using mass-scaled 
dynamic explicit solutions, and material densities 

were scaled by a factor of 10
5
. The run time for each 
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analysis was in the range 12h-48h when running on 

a single 3 GHz CPU. 

Figure 11 shows the patterns of matrix cracks and 
interfacial damage for a crosshead displacement of 

12 mm. These results refer to the baseline case 

where the same set of cohesive properties (Table 2) 
is assumed for both delamination and transverse 

cracks. It can be seen that the mesh-independent 

methodology predicted the initiation of very large 

numbers of matrix cracks. However, it should be 
noted that the crack paths shown in Figure 11 also 

include cracks which are partially ‘closed’, i.e. 

where the cohesive segments have not failed 
completely. Eventually, some of these cracks 

progressed up to complete failure allowing 

delaminations to jump between interfaces. The 
colour plots in Figure 11 show contours of the scalar 

damage variable for each delamination plane. It can 

be seen that the crack front along the central 

interface is irregular. Damage is also observed along 
the two neighbouring interfaces, with a higher extent 

of damage being observed in the 'lower' interface in 

comparison with the 'upper' interface. As the number 
of nucleating cracks increased, numerical 

instabilities were observed in the models. These 

were characterised by high-frequency oscillations in 

the loads and displacements predicted by the FE 
solution. The simulations were stopped when the 

numerical 'noise' became excessively high in 

comparison to the 'quasi-static' values of interest. 
In order to investigate the factors affecting the 

nucleation of matrix cracks, a parametric study was 

performed on the cohesive strengths assumed for the 
transverse cracks. While maintaining all critical 

strain energy release rates constant, and without 

modifying the delamination properties, the cohesive 

strengths for the user-defined elements were varied 
within a certain range shown in Figure 12. The 

number of matrix cracks as well as the tendency for 

delamination to migrate between interfaces were 
found to be strongly sensitive to the assumed 

strength values. At the top of the range, where 
max

I = 120 MPa and max

II = 130 MPa, the mesh-

independent crack model ceased to predict 
delamination migration between interfaces, with 

only a minor number of transverse cracks initiating. 

This study shows the importance of capturing the 

initiation of transverse cracks with accuracy in order 
to predict the progressive damage behaviour of 

laminated composites. Work is ongoing on 

understanding the influence of the assumed 

through-thickness fracture angle on the delamination 
migration behaviour. 

 

 

4. Conclusions 

Experimental and numerical studies of the 

phenomenon of 'delamination migration' in 

laminated composites have been presented. This 
phenomenon involves delamination and intra-ply 

damage and its analysis via the finite element 

method is indeed very challenging. Two analysis 
approaches have been presented and discussed. The 

first, based on the a priori definition of matrix crack 

paths using cohesive elements, required very 
complex meshes and assumptions of crack location. 

This method did not predict crack migration which 

was not in agreement with experimental 

observations. The second was a mesh-independent 
cohesive crack model, where matrix cracks were 

allowed to nucleate and propagate automatically 

based on standard cohesive zone law assumptions. 
This method could be applied to regular structured 

meshes and predicted delamination migration and 

the appearance of multiple matrix cracks, although 

the locations and damage sequence have yet to be 
fully validated in a quantitative sense. Further 

development is necessary for this but the 

mesh-independent crack model has the potential to 
offer simple and effective analyses of complex 

damage mechanisms in laminated composites. 
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Table 1. Elastic constants for UD plies. 

E11 [GPa] 161.00

E22 [GPa] 11.38

E33 [GPa] 11.38

n12 0.32

n13 0.32

n23 0.44

G12 [GPa] 5.17

G13 [GPa] 5.17

G23 [GPa] 3.96
 

 

 

 
 

Table 2. Cohesive properties. 

GIC [N/mm] 0.26

GIIC [N/mm] 1.00

σI
max [MPa] 60

σII
max [MPa] 90

KI [N/mm3] 4.67 105

KII [N/mm3] 1.75 105

 
 

 

 

 
Fig. 1. A DCB specimen at two successive stages 

during the test: a. initial fibre bridging; b. 
delamination migration. 

 

 
 

Red lines indicate migration events

Precrack 

front

 
Fig. 2. Photograph of the fracture surfaces of an 

angle-ply DCB specimen. Red lines indicate the 

delamination migration events within the four 

central blocks of ±60° plies until the 0° ply is 
reached. 

 

 
 

 
Fig. 3. FE mesh of the lower half of the specimen 

with detail of the mesh refinement. 

 
 

 

Bands of cohesive 
elements within each ply  

Fig. 4. Detail of the potential crack paths. 
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Fig. 5. FE results using conventional cohesive 

elements. 
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Fig. 6. Modelling cohesive cracks via the 

introduction of extra degrees of freedom. 
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Fig. 7. Mixed-model cohesive zone law. 
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Fig. 8. Transverse matrix cracking in 3D. 
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Fig. 9. FE mesh showing the zone of refinement. 
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Fig. 10. Specimen layup and through-thickness mesh 

discretisation. 
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Fig. 11. Patterns of matrix cracks and delamination 

using the baseline set of cohesive properties. 

 
 

 

I
max= 110 MPa

II
max=120 MPa

I
max= 120 MPa

II
max=130 MPa

I
max=   90 MPa

II
max=100 MPa  

Fig. 12. Patterns of matrix cracks observed when 
varying the intra-ply cohesive strengths. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

In the current economics of the world, the cost of 

manufacturing carbon fiber based composites is one 

of the main concerns of the high volume producers, 

in this industry. Addressing this concern requires 

both material and process improvements, namely; 

the use of low cost carbon fiber as well as an 

efficient and high throughput production process. 

Directed carbon fiber performing(DCFP) is one such 

production process in which chopped carbon tow is 

sprayed on to a mold surface, which is then held on 

to the mold surface using a positive airflow. The 

research into an advanced version of this process, 

i.e. the production of carbon composite preforms 

using functionalized carbon tow, with the aid of 

magnetic tooling, in the presence of a magnetic field 

was carried out by the composites research team of 

the University of Manchester in partnership with 

Bentley Motors Ltd and Nottingham University[1, 

2]. 

 

Currently, the micro scale of the carbon fibers 

practically prevents the carbon being handled in the 

form of fibers. Therefore they need to be in the form 

of a bundle of fibers or in the shape of a tow. 

Specifically in the research carried out in the area of 

DCFP, tows having a width 6-7 mm and a linear 

density of 800 Tex, consisting of 12000 fibers is 

used. 

 

The concept of depositing carbon tow on to a mold 

surface, with the help of the DCFP process has been 

identified as one of the most economical methods by 

which carbon fiber composites can be manufactured 

[3, 4]. The process consists of chopping carbon tow 

and blowing the chopped pieces on to a mold surface 

to create the necessary molded components. The 

binder which helps to solidify this shape can be 

introduced either during or after the placement of the 

fibers.  

 

According to the conventional DFP (Directed Fibre 

Preforming) method (Figure 1)[5], on which the 

DCFP process is based, the mold surface used needs 

to be porous so as to facilitate the diffusion of 

positive air flow that is used to hold the chopped 

fibers in place [6-8].  

 

 
 

Figure 1The conventional DFP[5]: (a) Fiber deposition, 

chopped fiber and binder applied to lower screen, held by 

vacuum (b) Consolidation, upper screen compacts 

preform, hot air cures binder (c) Cooling, ambient air 

cools preform (d) demolding, preform removed from the 

lower screen 

 
This feature of the mold in turn results in an inherent 

problem during molding due to the escape of some 
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of the short fibers together with the air extracted. As 

reported by Harper et al [3], the low density carbon 

fibers tend to get disrupted, particularly on vertical 

surfaces of the mold tool, due to the suction air 

streams. The resulting need for constant cleaning of 

the mold surface causes the DCFP to have 

downtimes in the production which subsequently 

affects the efficiency of the process. 

 

Therefore the main aim of the current research paper 

is to present a solution to the above issues, put 

forward by the team of researchers who specializes 

in the functionalization of carbon tow for composite 

manufacturing at the University of Manchester. As 

recognized by them, it is possible to address the 

issues through the functionalization of the carbon 

tow by replacing the positive air flow tooling used 

during the molding process. This is carried out by 

converting the carbon tow in to a material that can 

be magnetized and therefore replacing the air tooling 

used with magnetic tooling, it is possible to work 

with non-porous mold tools. Even though in the 

previous applications, the use of DCFP was limited 

to non-metallized fibers, the relative advantages of 

using MCF (Metalized Carbon Fibers), makes it a 

prime candidate for the DCFP process.  

 

 

Figure 2 Chopped fibre applied to mould and held by 

electromagnetic force. 

 
Through the experiments conducted, the DCFP 

process that uses MCF was found to address the 

issues of positive air based DCFP, due to the 

electromagnetic force it uses to hold the chopped 

tows on to the mold surface (Figure 2). The main 

advantage of using MCF is the relative ease with 

which carbon tow can be made to cling to the mold 

surface. By placing the mold in a magnetic field and 

by controlling the direction of the magnetic force, it 

is possible to force the carbon to bend and assume 

the curvature of the mold surface itself. This allows 

the resin infusion to be carried out for consolidating 

the component being molded, without the problem 

of fiber escape.  

 

The success of the MCF approach to the DCFP 

process is further proved by the result of the 

demonstration carried out, in order to produce a 

magnatisable molded spare wheel well of a motor 

vehicle, as shown in the Figure 3. 

 

 

Figure 3 Spare wheel well made using metallized carbon 

tow (Bentley Motors Ltd.). 

 

2 Effects of process variables on the metallized 

carbon tow 

To create metalized carbon fiber tows, a 

manufacturing process capable of producing sized 

and metalized tows was developed. It was observed 

that the process had the main independent variables; 

variation of the size concentration and the 

concentration of ferromagnetic powder in the carbon 

tow. As the dependent variables of the tow, the tow 

stiffness and its resultant linear density are 

considered. The stiffness of the resulting tow 

decides the electromagnetic field strength and the 

electrical power required to bend it to assume the 

shape of the mold.  The low linear density of the 

MCF will contribute to preserving the weight 

advantage originally possessed by the composite 

components. These two properties together are of 

the highest importance to the manufacturing of MCF 

composites. The stiffness is mainly affected by the 

final quantity of the epoxy size the tow will carry. 

This quantity can be modified using different 

concentrations of the water based epoxy in the sizing 
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bath. Determination of the optimum sizing level to 

achieve an acceptable range of stiffness’s in the tow 

requires extensive experimentation.  

 

The weight increase of the metalized carbon tow 

used in the DCFP process is due to the 

ferromagnetic material. It is possible to carry out a 

simple calculation to find out the maximum weight 

of the metalized carbon tow for an electromagnetic 

field used for the molding process. From this it is 

possible to calculate the maximum allowable mass 

of the metallic powder for the MCF tow. This 

quantity of metal powder can either be introduced 

uniformly or in a specific localized pattern. 

Independent research has proved that uniform 

coating of carbon fibers with metallic powder will 

increase the weight of the tow by more than 80%, 

which will result in the increase of stiffness of the 

MCF tow [9]. To reduce the increase in stiffness, it 

is possible to magnetize the tow by providing 

intermittent concentrations of metallic powder along 

the length of the tow. By controlling the geometry of 

the metallic powder deposit, it would be possible to 

have low stiffness and low linear density of the tow 

at the same time. It can be observed that while 

having transverse lines on the tow will contribute 

minimally to the bending stiffness of the tow, having 

length wise metallic powder lines will cause higher 

bending stiffness’s or fracture of the metallic powder 

deposits during use. In the case of incorporating 

metallic powder through geometrical line patterns, it 

is practical to have them transversely at an optimum 

line width and spacing. Therefore experiments need 

to be carried out to determine the optimum line 

width and spacing of the metallic lines on the carbon 

tow for a specific electromagnetic field used in the 

DCFP process. The pattern of metallic lines thus 

integrated can be termed a printed magnetic grating.  

 

In integrating the metallic powder on to the carbon 

tow, unless it is applied together with an epoxy 

binder, the powder will not be held fast to the tow. 

This is since the sizing applied to the tow is not 

capable of holding a sufficient quantity of powder. 

Therefore in creating the epoxy-powder mixture for 

the printing of the metallic lines, experiments need 

to be conducted to find the optimum relative 

proportions of the epoxy and the ferromagnetic 

powder used.  

 

The experiments were designed to use neodymium 

permanent disc magnets to create the magnetic field 

to apply a pull force on the MCF tow. The 

theoretical equations that describe the pull force can 

be given as [10]; 

 
2

0

( )
(1)

2 r

B x
F A

 
   

Where  

F = magnetic pull force 

A = area of the disc magnet 

B = flux density on the MCF tow 

0
  = magnetic permeability of free space 

r  = relative magnetic permeability 

The flux density of the disc magnet at a distance ‘x’ 

from the magnet can be given by [11]; 
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Where; 

( )B x   = flux density at distance x from the magnet 

rB   = remanence of the magnetic material 

L  = thickness of the magnet 

R  = radius of the disc magnet 

 

Combining the equations (1) and (2) 
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The equation (3) shows that the relationship between 

the air gap height, from the magnet to the MCF tow, 

and the pull force. 

 

 

3 Experimental Methodology 

Initially the research conducted for metallization of 

carbon fiber tow investigated three different 

approaches to their production. These approaches 

are namely; co-mingling with ferromagnetic wires, 

coating carbon fiber tow with ferromagnetic powder 

and Line printing of metallic powder. Out of these 

three approaches, the introduction of a ferromagnetic 

material through printing has proved to be the most 
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suitable form of production for the MCF tow. In this 

metallization technique, a sized carbon tape that is 

spread to the required width is printed with lines of 

epoxy nickel powder paste intermittently (Figure 4 

and Figure 5). The resulting metalized tape is heat 

cured using a process of cylindrical contact heating 

which is subsequently cooled in to the final 

metalized tape before flat winding on to bobbins. As 

in the case of DCFP, the current research work 

carried out to produce and characterize the MCF 

tow, 12K T700 Toray carbon tape with a linear 

density of 800 Tex and fiber diameter of 7 micron 

was used in the experiments. Ferromagnetic material 

used to metalize the samples was nickel powder 

(Type 123). The epoxy size used to bond the 

ferromagnetic material on to the carbon tape was a 

water-based epoxy (EPI-REZ
TM

 from Hexion).  

 

 

Figure 4 Schematic process diagram for printing metallic 

lines on the carbon tow. 

 

Figure 5 Printing of metallic lines on flat carbon tape 

 

In order to observe the effect of metallic powder 

concentrations, the first step was to create varying 

mixtures of Nickel powder and epoxy. The viscosity 

of the original epoxy was 18000 cP. During the 

production of mixtures of epoxy powder and water 

for screen printing the grating patterns on to the 

carbon tow, it was found that 7% of water in the 

epoxy would give the ideal conditions. Therefore in 

conducting the experiments to determine the 

magnetic attraction due to varying proportions of 

epoxy and metallic powder, while keeping the 

weight of the epoxy constant, the metallic powder 

quantity was varied in the steps of 20%, 30%, 40%, 

50% and 60% of the weight of epoxy. This mixture 

was applied on to the carbon fiber tow in the form of 

transverse lines in a uniform pattern. Thereafter 

experiments were conducted to measure the 

magnetic attraction using an array of magnets with a 

combined pull force of 14kg. The magnetic 

attraction force was recorded while reducing the 

distance between the magnets and the metalized tow.  

 

To determine the effect of the distance between the 

transverse lines on the magnetic pull force, 

experiments were carried out for line spacing 

distances of 5mm, 10mm, 15mm and 20mm while 

keeping the line width constant. To observe the 

effect of the line width on the magnetic pull force, 

experiments were conducted for metallic line widths 

of 0.5mm, 1mm, 1.5mm and 2mm.  

 

 

 

Figure 6 Tensile tester setup for measuring the magnetic 

pull force. 

For all these tests to determine the effect of metallic 

powder, the tow sizing was controlled at 1% to 

prevent filamentation, and the tensile tester was run 

at the speed of 5mm/min.  A 25N load cell was used 

in the tensile tester during these tests (Figure 6). 
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Analyzing the bending characteristics of the MCF 

tow and the bending energy required are important 

studies in understanding the process of preforming 

using this material. Therefore in addition to the 

above tests, to observe the bending properties of the 

MCF tow as a measure of its ability to assume a 

curvature of a mold used to create a preform, a 3 

point bending test was carried out according to the 

test standard BS ISO 5628:2012(Figure 7 (a))  

 

(a)            

(b) 

Figure 7 (a) Three point bending test and (b) MCF tow 

bending under the influence of the permanent magnetic 

field 

 

4 Results and Discussion 

Due to the nature of magnetic fields, during the 

preforming process, the quantity of metallic content 

in the metalized tape is a measure of electrical 

energy used. Therefore, higher the mass of metallic 

aggregate in the tape, less electricity will be 

consumed by the electromagnetic tooling to create 

the preform shape. 

 

To realize this advantage, magneto-mechanical 

characterization of the metalized tape is essential in 

order to determine the optimum metallic content for 

the tape. Further, the bending stiffness of the MCF 

tape was also investigated to determine the bending 

energy requirement of the pieces of chopped tape in 

the preform during the preforming process. 

Tests were carried out to observe the effect of 

varying the linear density of the ferromagnetic 

material, the sizing content and the geometry of the 

lines deposited in the sense of its thickness and the 

orientation/pattern of the lines. Printing with 

metallic grating demonstrated consistency in the 

magnetic pull force as the powder percentage varied.  

 

 

4.1. Effect of the metallic powder quantity on the 

magnetic pull force 

Previous experiments conducted to observe the 

suitability of sprinkling for incorporating the 

metallic powder in the tow has shown the 

inefficiency of this method. Due to this result and 

also due to the positive performance of the printed 

transverse metallic lines, line printing was adopted 

as the main method of metallic powder 

incorporation. In conducting experiments to 

determine the optimum quantity of metallic powder 

in the tow, tests were carried out for samples having 

a line width of 1mm and line separation of 1cm. The 

resulting pull force graphs are given in the Figure 8. 

 

 

Figure 8 Variation in magnetic pull force due to the air 

gap and ferromagnetic powder 

 

As can be seen in the Figure 8, higher powder 

content results in a larger magnetic pull force. Also 

as the graph shows, the powder content is inversely 

proportional to the distance at which the magnetic 

pull is experienced. The tests indicated that for the 

initial approach of the magnet towards the tow, the 

increase in the pull force was smooth. However at a 

specific close seperation, the tow tries to bend 

towards the magnet, resulting in a change in rate of 

change of the magnetic pull force. In the current 
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tests, MCF tow was held fast to prevent any form of 

displacement. Also the experiments revealed that the 

air gap between the tow and the magnet has a 

quadratic relationship with the pull force 

experienced.  

 

4.2. Effect of the metallic line spacing on the 

magnetic attraction 

Using the results obtained by varying the metallic 

line spacing, it can be seen that the tow with smaller 

line separation is similar to having a higher quantity 

of metallic powder in the tow (Figure 9). Therefore 

the behavior of the tow is similar to that of a tow 

with a higher quantity of metallic powder. However 

rather than introducing the metal powder in a few 

very thick lines, it is preferred that for the DCFP 

process, a better distribution of the metallic lines are 

provided. This will reduce the localized 

concentrations of weights, provide a better 

distribution of metallic lines in the standard chopped 

tow size of 2.5-7.5 cm [12, 13] and increase the 

adherence of the quantity of powder on the tow. It 

was observed that the decrease of line spacing still 

allowed the tow to bend in the transverse direction 

while maintaining a low bending stiffness. It can be 

seen that taller or thicker print lines promote air gaps 

in the molds when the tow is finally used in the 

DCFP process. Therefore by increasing the number 

of lines for a unit tow length, the magnetic pull force 

is increased while maintaining the bending stiffness 

requirements of the tow and its thickness limitations.  

 

Figure 9 Magnetic pull force for varying metallic line 

separations. 

 

The results showed that for a range of line separation 

distances, the quadratic relationship between the air 

gap and the pull force was still true 

 

4.3. Effect of the metallic line width on the 

magnetic attraction 

Same as in the above cases, increasing the metallic 

line width has the effect of increasing the quantity of 

metallic powder incorporated on to the tow. 

Therefore no change was observed (Figure 10) in the 

quadratic relationship between the air gap and the 

pull force.  

 

Figure 10 Magnetic pull force for varying metallic line 

widths. 

 
It can be understood that as long as the metallic line 

width is maintained fine, the capability of the MCF 

tow to assume any curvature of the mold is not 

impeded. However on increasing the line width, 

since the bending stiffness of the print line itself is 

high, the tow will not conform to smaller radii.  

 

During the experiments it was observed that if the 

excess epoxy size was not mechanically removed 

from the tow, the sizing has the tendency to mix 

with the epoxy/Nickel powder paste and diffuse 

around the print line. Also if the print paste layer on 

the print head (Figure 5) is not wiped clean, it can 

introduce epoxy and metallic powder throughout the 

tow. This will result in increasing the stiffness of the 

tow and introducing metallic powder randomly on to 

the tow. Since this is an undesirable outcome, during 

printing metallic lines on the tow, every precaution 

was taken to ensure that the exact predetermined 

paste quantity was printed. 
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4.4. Three point bending test 

Carbon Tow  
Bending Stiffness 

(N.mm) 

Toray T700 60E  1.15 

Print Lines on Top 4.04 

Print Lines on Bottom 3.81 

Table 1 Bending rigidity calculation for MCF tow 

according to the BS ISO 5628:2012 

 
The determination of the Young’s modulus for 

modeling the MCF bending was carried out 

according to the standard BS ISO 5628:2012. 

According to this standard the bending rigidity (Sb) 

is given by the following equation; 

 
3

. (4)
3

b

F l
S

f b

  
   
     

 

Where 

 

F = force,  

f = linear deflection,  

l = bending length,  

b = specimen width 

 

As the Table 1 shows, the original bending rigidity of 

the carbon tow is higher due to the metallization 

process. Also according to Table 1, the bending 

direction, whether in the same side as the printed 

lines or in the opposite direction has no significant 

effect on the bending rigidity of the MCF tow. The 

Young’s modulus value derived from the results of 

Table 1 was used for the MCF tow material 

definition in the Ansys analysis. 

 

4.5. Bending deflection under a magnetic field 

The mathematical modeling of MCF tow bending 

was carried out to observe its capacity to assume the 

curvature of a mold surface. 
The validation of the model (Ansys simulated 

deflection of 2.22mm and the experimental value of 

2.17mm) shows that the Ansys finite element model 

created for MCF tow bending is closely validated by 

the experimental results. Also observations show 

that beyond the maximum deflection of 2.17mm, the 

tow undergoes impulsive bending at very small 

bending radii due to the intense forces it experiences 

at close proximity to the magnet array (Fig. 7. (b)). 

 

5 Conclusion  

Epoxy waterborne resin size is a component of the 

carbon tow which binds the carbon fibers together. 

In engineering the metalized tow, first the size 

quantity is decided to obtain the minimum stiffness 

for conforming to the smallest mold radii. This 

relationship can also be represented by the variation 

in the bending stiffness due to the change in size 

quantity used. The size quantity that can be used, 

again, is limited since overuse of it would result in 

the dissolving of the metal epoxy paste and its 

diffusion along the tow. The epoxy size quantity in 

the tow used for the present research is 0.3%.  

 

The tests to measure the magnetic pull force 

between the MCF tow and the permanent magnet 

describes a relationship similar to that defined in the 

equation 3. All the experiments to measure the 

magnetic pull force shows that each method of 

metallic powder is introduction increases the 

magnetic pull force on the carbon tow. However this 

has to be carried out so that the low bending 

stiffness of the MCF tow is preserved. Metallic lines 

are introduced at various line separation and line 

width values. Again having the minimum printable 

line width is advantageous. Also it was seen that if 

the lines were printed too near, they tend to merge 

together, increasing the stiffness of the tow. 

Therefore the tests conducted shows that in this 

particular case a metallic line width of 1mm, a line 

separation of 10mm, 0.3% size quantity and 40% 

quantity of metallic powder is most appropriate. 

 

The purpose of applying metallic lines is that once 

the chopped tow pieces are placed on to the mold to 

a specific thickness, the magnetic field of the mold 

will be capable of compacting the chopped tows 

against the mold surface. From the Figure 8, Figure 9 

and Figure 10, it can be deduced that for the present 

case a maximum of 10 mm composite thickness 

could be constructed using the magnetic field used 

in the experiments. However, by increasing the 

strength of the magnetic field, it is possible to 

increase the composite thickness. 
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Analysis of the bending tests carried out on the MCF 

tow under the magnetic force exerted by the magnet 

array showed that the magnetic field is capable of 

causing the tow to bend and assume smaller radii. 

Also the bending experienced under sudden 

impulsive bending was observed as reversible as 

well. However further studies to investigate the pile 

size of tows that the mold magnetic field can hold 

and the bending stiffness and the energy requirement 

would be of great importance to the use of this 

technology for component preforming. 
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1   Introduction 

Following on the heritage and successes of 

Canadarm I and Canadarm II (also known as 

Shuttle and Space Station Remote Manipulator 

Systems, SRMS and SSRMS), the Canadian Space 

Agency initiated the Next Generation Canadarm 

(NGC) program to develop the “path-to-flight” 

technologies and prototypes necessary for the 

robotic refueling of prepared and unprepared 

satellites in Earth orbit. 

One of five test-beds developed for the NGC 

program, the Next Generation Large Canadarm 

(NGLC) ground test-bed model serves to 

demonstrate the feasibility of a large class 

manipulator with a 15 m reach, comparable to 

SSRMS, that can be launched within the limited 

storage volume of future exploration vehicles by 

means of a 3:1 packing ratio. This packing ratio is 

primarily achieved by means of telescoping booms.  

The work presented herein focuses on the design, 

analysis and validation of the primary structural 

elements and bonded joints of the telescoping booms 

employed in the NGLC ground test bed. 

2  NGLC Design Overview 

The NGLC ground test bed demonstrates a 

volumetric reduction in the launch package of a 

large manipulator system while maintaining reach 

capability through telescopic deployment and 

retraction of nested cylindrical elements. As shown 

in Fig. 1, NGLC is comprised of two telescoping 

booms, connected by three pitch joints. The booms 

consist of an inner and outer segment with a lock 

mechanism for both positions, and a rail network to 

guide their relative translation. This design 

configuration is especially attractive, as it allows for 

self-deployment.  The pitch joints provide the 

actuation, extending and collapsing the telescoping 

booms.   

NGLC bending and torsional stiffness requirements 

were met through the use of high stiffness carbon 

composite materials and structural bonding [1].  

Both inner and outer segments feature a centre 

composite section bonded to aluminum end sections 

using a stepped-lap joint. The metallic sections of 

the inner and outer segments house the lock 

mechanisms, linear translation mechanisms, cabling,  

and provide the interface flange for connection to 

the rotary pitch joints of the manipulator. In turn, 

application of centre composite sections maximized 

global specific stiffness and minimized mass of the 

overall system. Also, the rail network was bonded to 

the Inner Mould Line (IML) surface of the outer 

segment. The use of structural bonding eliminated 

mechanical fasteners and maximized NGLC 

stiffness through a reduction of the clearance 

required between the telescoping assemblies and an 

increase of the inner segment diameter. 

Each telescoping boom consists of: 

 an inner and outer segment,  

 a boom lock mechanism to structurally connect 

the inner and outer segment together in either 

the retracted or extended positions, 

 a translation mechanism, allowing the segments 

to translate with respect to each other, and 

 an internal cable handling mechanism 

The rotary pitch joints consist of an off-the-shelf 

commercial motor/planetary drive unit, packaged 

within a custom housing to interface with the 

telescoping booms and the Mechanical Ground 

Support Equipment (MGSE) flat-floor rig. 

3  Motivation for a Bonded Boom Design 

The primary reasons for pursuing an entirely 

adhesively bonded boom design for the NGLC 

program was twofold: The first was to gain 

advancement in state of the art technology in the 

bonding of large, primary load path aerospace 

structures that can be applied to scalable designs that 

is portable to future applications. The second was to 
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achieve a fastener-free interface between the 

metallic and composite adherends, maximizing the 

internal boom volume available for the three 

mechanisms required for the telescoping aspect of 

the boom design. 

A fastener-free structural interface between metallic 

and composite adherends has many general design 

advantages. As a telescoping boom design can be up 

to four times the mass of a standard non-telescoping 

boom of equivalent length and load capacity, any 

mass reduction that can be accomplished through the 

elimination of mechanical fasteners is beneficial. A 

continuous geometry, lacking holes for mechanical 

fasteners, minimizes fatigue crack initiation in 

metallic parts and transfers the load between 

adherends more efficiently, eliminating the load 

peaks that would otherwise be present in the legacy 

fastening design. For these reasons, an entirely 

bonded interface between adherends benefits from a 

higher strength-to-weight ratio over the legacy 

fastening design. Also, the bonding deign presented 

herein is applicable to a wide variety of geometries 

and is not limited to circular cross sections or tubular 

structures. 

In order for the NGLC test bed to demonstrate the 

concept of a high-packing-ratio telescoping 

manipulator of the size of the SSRMS, the allowable 

outer boom diameter was limited to 36 cm. The 

diameter of the inner boom, therefore, was limited 

by the diameter of the outer boom less the required 

clearance for the telescoping translation and lockout 

mechanisms. Maximizing the diameter of the inner 

boom was critical to the overall strength and 

stiffness requirements of the telescoping boom 

assembly. Clearly, if the inner boom diameter was 

sacrificed in favour of ample clearance for the 

mechanical hardware between the inner and outer 

booms – in addition to the historically used Hi-Lok® 

fasteners for securing the metallic end fittings to the 

composite tubes – the resulting inner boom diameter 

would have led to a boom design of 

underperforming stiffness. Fig. 2 and Fig. 3 illustrate 

the legacy method of using Hi-Lok® fasteners in 

conjunction with a bonded interface for securing the 

metallic end-fittings to a composite section that was 

desired to be avoided in the overall NGLC design. 

Additionally, each of the inner and outer segments 

are covered with Multi-Layer Insulation (MLI) 

thermal blankets, consisting of delicate alternating 

layers of goldized Kapton® film and Nomex® scrim 

cloth, with a final outer layer of Beta cloth (Telfon®-

coated glass cloth).  MLI blankets typically have an 

uncompressed thickness of 6 to 7 mm. During boom 

extension or retraction, the risk of an outer boom 

Hi-Lok® fastener snagging the thermal blanket of the 

inner segment as it moved past was deemed 

unacceptably high. If the boom were to bind mid-

travel, the manipulator would be rendered unusable 

as NGLC is designed to react the full 1500 N-m limit 

loads only when the telescoping boom is locked in 

either the fully retracted or extended positions.  At 

best, a tear in the MLI could lead to a host of 

complications including localized heating and 

warping due to solar radiation and atomic oxygen 

attack of organic resins, among others. 

With this bonded boom design, the historical 

Hi-Lok® fasteners were eliminated, allowing the 

inner boom diameter to be maximized to 28 cm and 

a radial clearance between the inner and outer 

booms of 29 mm to accommodate the translation and 

lockout mechanisms, as well as the inner boom MLI 

blanket. 

4  Design Requirements 

Loads: To match the capabilities of the SSRMS, the 

Shoulder Pitch (SP) and Wrist Pitch (WP) joints of 

the NGLC are capable of a minimum continuous 

output torque of 1500 N-m. As such, the booms were 

designed and manufactured to sustain the following 

limit loads with the appropriate factors of safety 

applied [1] [6]: 

 A bending moment of 1500 N-m applied at the 

end flanges about any axis perpendicular to the 

longitudinal axis of the boom, 

 A torsional moment of 1500 N-m about the 

longitudinal axis of the boom, and  

 The above bending and torsional moments 

combined. 

Stiffness: Again, equivalent to the SSRMS 

capabilities, the stiffness of the booms was designed 

to be as follows [1] [6]: 

 Minimum bending stiffness in any direction: 

 EI ≥ 5.17 × 107 N-mm2 

 Minimum torsional stiffness:  

 GJ ≥ 2.57 × 107 N-mm2 
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5  Design of Adherends and Bonded Joint  

In order to satisfy the stiffness and limit-load 

requirements for composite adherends, a customized 

lay-up was designed, using T800 carbon fibre 

(intermediate modulus – high strength), impregnated 

with a proprietary epoxy resin. 

Several manufacturing techniques were considered 

for this application, including traditional hand 

lay-up, filament winding and Automated Fibre 

Placement (AFP). Given the complexity of the lay-

up and the cost/schedule constraints of the program, 

a filament winding approach employing true axial 

fibre placement was ultimately chosen. 

The lay-up itself featured a combination of 0°, ±45° 

and 90° fibre orientations to achieve the target 

global stiffness, given the volumetric constraints. 

Considerations of symmetry and balance of the lay-

up with respect to its own thickness versus a lay-up 

that is balanced and symmetric about the neutral axis 

of the cross section was central to the design process 

in order to maximize section stiffness. It is 

impossible to design a laminate with a changing 

cross section and a ply drop-off scheme that is 

balanced and symmetric about its thickness. 

However, a balanced and symmetric scheme is 

precisely what was desired to maximize section 

stiffness in the load bearing section outside of the 

stepped-lap joint. Therefore, a balanced and 

symmetric layup was used in the main section while 

an unbalanced and asymmetric lay-up was used in 

the stepped-lap section. The consequences of an 

unbalanced and asymmetric lay-up here is 

minimized by the closed section geometry. 

The final design included a total of 44 plies, the final 

15 of which gently built up each end section in order 

to accommodate the stepped-lap joint. An additional 

four 90° sacrificial plies marked with a tracer thread 

were introduced to account for thickness variations 

inherent to the filament winding process [8]. These 

were removed during the subsequent machining 

process.  

The lay-up of the composite portion of the 

stepped-lap joint required much additional design 

detail since the final adherend geometry would be 

the result of a subsequent machining operation with 

tight tolerances. Considerations of tow bandwidth, 

tow cross sectional geometry, consolidation tension 

vs tow angle, and resin viscosity/squeeze-out were 

all critical for the correct placement of 0° degree 

tows, whose location at the face of each step was 

key to optimal joint performance. Fig. 4 depicts the 

final geometry of the machined stepped-lap joint 

with the exposed 0° tows visible at the faces of the 

steps. 

Similarly, each metallic adherend was machined as a 

tubular section from a single block of 6061-T651 

aluminum, equipped with necessary attachment 

points for the internal hardware and pitch joints. It 

was well understood that the adherend materials are 

mismatched, both in terms of their Coefficient of 

Thermal Expansion (CTE) and galvanic 

compatibilities; however, considering the test 

requirements (ground test) and cost implications, 

this was deemed acceptable.  

Stepped-lap joints, matching to the composite 

adherends were machined after anodizing, thus 

exposing pristine metal. The fitted adherends 

provided an optimum 0.38 mm bondline gap.  

To ensure the structural integrity of the design, 

detailed progressive damage Finite Element (FE) 

models of the entire manipulator assembly for the 

combined axial, bending and torsional load cases 

were investigated. Notable aspects of the FE 

analyses included mesoscopic scale modeling with 

ply-drop offs, a quadratic Tsai-Wu failure criterion 

and a ply delamination criterion.  

Model pre- and post- processing was performed on 

NX 7.1, while the analysis was executed using 

64-bit NX NASTRAN 7.5. The model itself was 

populated with a combination of continuum solid, 

shell and beam/rigid elements. CQUAD8 elements 

invoking the PCOMP material card populated the 

composite sections and a combination of CHEXA8 

and CTETRA10 elements populated the remaining 

three dimensional structure. Fasteners at secondary 

interfaces were modeled using CBAR and RBE2 

spider element arrays and static interfaces were 

either glued or modeled for potential contact with a 

double sided master/slave algorithm. External loads 

were applied at the face of the SP joint interface via 

an RBE2 spider element array acting upon the 

fastener hole pattern. A similar RBE2 spider element 

array was modeled at the Elbow Pitch (EP) interface 

to enable enforcement of a full 6 degree of freedom 

boundary condition [9]. 
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All standard modeling checks were performed 

including free-free dynamics, constrained modes, 

unit gravity in all three global coordinate axes, as 

well as pre-processor checks such as element 

distortion, plate element normal orientation and 

internal angles. 

6  NGLC Structural Joint Design, Bonding 

Strategy and Execution 

A stepped-lap joint was selected for NGLC as this 

configuration provides the highest strength for 

assemblies featuring at least one composite adherend 

[2]. Preliminary analyses were performed using 

various numbers of steps within the lap joint.  From 

these, a configuration with three steps was selected 

and analyzed in more detail.  A step length of 19 mm 

was selected for high strength and the desire to keep 

the overall overlap length close to 50.8 mm. The 

inner segment bonded joint was selected for all 

analyses because it presents the worst stress case, 

with the same loads as the outer segment but 

handled by a smaller diameter article and therefore a 

smaller bond area.  The rail network bonding was 

not considered critical, as these bondlines experience 

negligible stresses. 

The bonded joint was analyzed using a continuum 

mechanics methodology featuring adhesive 

nonlinear behaviour employing an elastic/perfectly 

plastic assumption (A4EI program) [3]. The worst 

case ultimate load scenario involved combined 

bending and torque loads. For this case, the adhesive 

shear and adherend axial stresses due to the bending 

load were calculated separately from the adhesive 

shear and adherend in-plane shear stresses due to the 

torque load.  The combined loading effect on the 

bondline, was determined using the Von Mises 

criteria method [4] (i.e. root sum of squares).  

The selection of Hysol® EA9394-NA paste adhesive 

for all bonding operations was driven by the joint 

analyses, adherend material choices, their 

configuration and their geometry.  Bondline 

thickness was controlled by limiting adherend 

translation via a combination of the bonding 

apparatus features and embedded steel wires. 

The NGLC assembly featured two distinct adherend 

configurations, with respect to orientation and 

translation of their bondlines: perpendicular 

full-length bonding of steel rails to the IML surface 

of the outer composite sections, and parallel 

stepped-lap joining of tubular aluminum and 

composite sections. Two different bonding 

techniques were utilized: simultaneous translation 

and bonding of the multiple steel rail segments to a 

single composite adherend, and sequential bonding 

of the various composite-to-aluminum segments.  

A modular bonding apparatus was designed to 

accommodate specific bonding operations [5]. A 

flat, horizontal and stiff table interfaced to a stiff 

vertical post formed the basis for each apparatus 

configuration, shown in Fig. 5. The post was 

actuated vertically by a manually-operated geared 

mechanism which in turn actuated wedge 

mechanisms that moved the rail supports radially. In 

this approach, the rails were magnetically attached 

to the supports and the wedge mechanisms were 

retracted. The adhesive was manually applied to the 

rails, and the composite adherend was lowered into 

the position. The bonding surfaces were translated 

perpendicularly into their bonding position, 

expelling the excess adhesive to the sides and away 

from the critical rail surfaces. Fig. 6 shows the 

bonded  rail network during the de-moulding phase, 

where the wedge mechanisms were simply retracted. 

In contrast to the rail-bonding, a parallel translation 

approach of the bonding surfaces was used for the 

stepped-lap joints. This non-conventional 

configuration is generally more difficult to execute, 

but it has significant advantages in maintaining the 

tubular sections intact.  

The bonding apparatus was reconfigured by 

replacing the wedge mechanisms with a machined 

locator disc, shown in Fig. 7.  The aluminum section 

(stationary) was located and affixed to the bonding 

table and the composite section (translating) was 

affixed to the centre post via the locator disc. Nylon 

ball transfers constrained the radial position of the 

adherends while allowing axial movement. Relative 

translation of the centre post with respect to the 

bonding table facilitated controlled translation of the 

adherends as illustrated. The adhesive application 

played a crucial role in avoiding bondline voids.  It 

was applied obliquely across the steps to both 

adherends as shown in Fig. 8, Fig. 9 and Fig. 10.  

Any air, trapped between the parallel adhesive 

surfaces, was expelled with the large volume of 

excess adhesive.  Where possible, adherend features 
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were modified to accommodate the adhesive flow 

control, facilitate subsequent de-moulding, and 

prevent contamination of critical (hidden) features.  

For example, the combination of outflow holes on 

the outer joint surfaces and flow guards on the inside 

induced the outward resin flow. 

7  Results  

The results of the FE analyses performed on the 

combined axial, bending and torsional load cases 

produced positive margins of safety for all 

individual components. Table 1 and  

Table 2 summarize the stress analysis results and 

calculated margins. A factor of safety of three was 

applied. Fig. 11 and Fig. 12 depict typical 

distributions of the Tsai-Wu failure criterion in a 

composite adherend and the Von Mises combined 

stress in an aluminum adherend. 

As designed, the lay-up, geometry and material 

selection satisfied all of the stiffness and strength 

requirements with positive and healthy margins. 

The A4EI bondline analysis was performed inclusive 

of the ultimate axial, torque and combined axial and 

torque load cases. The combined stresses, as 

determined using the root sum squares method, 

predicted a distribution of shear stress as shown in 

Fig. 13. For clarity, a schematic and a stepped-lap 

joint cross-section micrograph are also presented. 

Based on the bonded joint analysis, both the 

adherends and the adhesive in the NGLC bonded 

joint show high positive margins of safety (greater 

than 6).  

The results of the two rail network bonding 

exercises were very encouraging with uneventful 

de-moulding of the bonded articles. A visual 

inspection of the bondlines revealed uniform 

bondline thickness with generous adhesive 

squeeze-out and no gaps as shown in Fig. 14. 

The stepped-lap bonding exercises were equally 

successful though more difficult to execute due to 

their inherent complexity and the article sizes.  

De-moulding of the outer segment articles was 

particularly challenging, with difficult access to the 

flow guards protecting the rail network. A total of 

ten stepped-lap bonding operations were performed, 

yielding four assemblies and two reduced-size 

stepped lap articles for subsequent destructive 

testing.  

Visual inspection of sectioned bondlines under 

microscope revealed good bondline quality with 

respect to thickness and void content. Fig. 15 shows 

a typical bondline with the precise placement of the 

0° plies in the composite adherend visible at the 

bondline. This correct placement of the 0° plies at 

each of the steps in all of the interfaces examined 

represents a notable success as it provides visual 

confirmation of the developed ply placement 

methodology. As previously mentioned, this was 

challenging to develop since the operation was 

performed in a “blind” sense, with no in-process 

validation of the position of the 0° plies, relying 

entirely upon analytical methods and tow data, and 

based on preliminary tests focused on 

process-induced thickness consolidation. 

Verification of bondline strength was accomplished 

via destructive tensile testing of bonded stepped-lap 

coupons, extracted as longitudinal segments from 

the aforementioned reduced-size articles bonded for 

this purpose using the manufacturing and bonding 

methods described above. Appropriate experimental 

and analytical tools were utilized to compensate for 

the additional peel loading condition experienced by 

the coupons (but not present in the full cylindrical 

joints). Preliminary results of these on-going coupon 

tests indicate a good agreement with the bondline 

analyses. 

8  Conclusions 

The NGLC test bed successfully demonstrated the 

design, development, manufacture and integration of 

a large manipulator system with a reduced launch 

package while still maintaining the desired reach 

capability of existing systems. The adherend and 

joint designs were driven by performance and 

programatic metrics, and were facilitated by using 

existing and customized design tools.  The bonded 

joints and the execution of the bonding operations 

were successful as revealed by bondline 

micrography and destructive testing. The final 

integration of the bonded composite assemblies into 

the NGLC test bed are shown in Fig. 16 and Fig. 17.  

Developments in structural bonding of large 

adherends, carbon composite manufacturing, 

telescopic actuation and locking, as well as many 
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other technologies, were instrumental to the success 

of the design. 

It is well understood that in a flight design, several 

material and geometric changes would be required. 

These changes may include the introduction of an 

ultra-high modulus carbon fibre with a cyanate ester 

matrix for increased stiffness, dimensional and 

thermal stability and general robustness in the space 

environment. Replacement of the aluminum sections 

with titanium for galvanic and CTE matching is also 

recommended, in addition to creating a double-sided 

stepped-lap joint for improved load handling and 

durability.  Further optimization could be achieved 

by utilizing high-strength structural film adhesives, 

allowing for overall mass reduction while 

maintaining, or improving, load-carrying 

capabilities. 
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Fig. 1. NGLC test bed assembly schematic 

 

 

Fig. 2. Legacy boom end-fitting showing protruding 

Hi-Lok® fastener tails 

 

 

Fig. 3. Legacy boom end fitting cross-section 

 

Fig. 4. Machined stepped-lap joint 
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Fig. 5. Schematic of the rail bonding configuration 

FIGURES 
 

ICCM19 550



COMPOSITE 
SECTION

WEDGE 
MECHANISM

RAIL

EXCESS 
ADHESIVE / 
BONDLINE 
CONTROL 

 

Fig. 6. Bonded rail configuration 
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Fig. 7. Stepped-lap bonding configuration 
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Fig. 8. Stepped-lap joint bonding 

 

Fig. 9. Application of paste adhesive 

 

 

Fig. 10. Schematic of adherend translation process 

ICCM19 551



 

9  

DESIGN AND VALIDATION OF THE PRIMARY STRUCTURE AND BONDED JOINTS FOR 

THE NEXT GENERATION LARGE CANADARM GROUND TEST BED  

 

Fig. 11. Typical distribution of the Tsai-Wu failure index 

 

 

Fig. 12. Typical Von Mises stress distribution 

 

 

Fig. 13. Adhesive shear stress from combined axial and 

torsion load case 

 

 

Fig. 14. Typical bonded rail result 
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Fig. 15. Stepped-lap joint cross-section 

 

 

Fig. 16. NGLC ground test bed after integration (booms 

extended) 

 

 

Fig. 17. Fully integrated NGLC ground test bed with 

representative MLI installed (booms retracted) 
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DESIGN AND VALIDATION OF THE PRIMARY STRUCTURE AND BONDED JOINTS FOR 

THE NEXT GENERATION LARGE CANADARM GROUND TEST BED  

Table 1. Summary of stress analysis results 

Parameter Value Ply Identifier 

σ11 [MPa] -65.14 3 

σ22 [MPa] 0.91 2 

τmax [MPa] 32.44 3 

Tsai-Wu  [/] 0.0189 2 

Bond Failure [/] 0.0076 17 

 

Table 2. Summary of the calculated margins of 

safety (MOS) 

MOS Index MOS 

σ11 ≥ 5 

σ22 ≥ 5 

τmax 3.29 

Tsai-Wu Index << 1 

Bond Failure Index << 1 

 

TABLES 
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1 Introduction  

In fibre-reinforced composites with UD plies, the 

translaminar fracture toughness [1]-[5] 

represents the energy dissipated per unit of 

projected area during the translaminar fracture of 

a composite ply (Fig. 1). It encompasses several 

energy-dissipating mechanisms, such as matrix 

cracking, fibre pull-out, fibre fracture and 

delamination, playing a key role in determining 

the damage tolerance of composites structures 

and their response during damage propagation 

[1]-[3][6], [7]. While this property is of 

significant importance for mesh-independent 

numerical modelling of translaminar fracture, 

questions still remain on for which type of 

laminates does the hypothesis that the 

translaminar damage can be represented as a 

crack hold. Laffan et al. [4] measured the fracture 

toughness of cross-ply CT specimens of different 

sizes and concluded that the toughness measured 

was specimen-independent, thus validating the 

concept of translaminar fracture toughness for 

those cross-ply specimens. The current work 

focuses on more realistic layups.  

This paper presents experimental work on 

Compact Tension tests on several laminates with 

different combinations of 0°, 45° and 90° plies. 

Assuming that the damage can be represented as 

a single crack, the resistance curve (R-curve) for 

each laminate is extracted from these tests. From 

each R-curve, an initiation and a propagation 

value of toughness are obtained. Each of the 

toughness values is used to define a cohesive law, 

and the specimens are then simulated (twice) 

using a cohesive approach in a Finite Element 

Model. The results show that translaminar 

damage can be accurately represented by fracture 

mechanics, although the accuracy decreases 

when several plies are blocked together (due to 

more diffuse damage in the specimen). 
 

2 Experimental 

Compact Tension (CT) specimens [3], with 

dimensions and orientation shown in Fig. 2, have 

been manufactured. Six specimens for each layup 

(Table 2) were tested according to [3], [5]. 

The material system used in this work is the 

unidirectional carbon-epoxy prepeg T800s/M21 

manufactured by Hexcel. The elastic ply 

properties were measured using standard tests 

and are shown in Table 1. 

Microscopy was used to identify fractographic 

features and it allowed to verify that the crack 

propagated following the direction of the initial 

notch, even for laminates containing 45º oriented 

plies or blocked plies [5]. Using X-ray, the 

damage zone was observed to be relatively small 

compared to the specimen dimensions [5]. 

All the specimens exhibited a clear R-Curve 

effect and, for each specimen, an initiation value 

could be defined [5]. Since the R-curves 

converged reaching steady-state, a propagation 

value for the critical energy release rate was 

determined [5]. For instance, for laminate E from 

Table 2, the corresponding R-curve is shown in 

Fig. 3. The effect of blocking 0º plies together 

increased significantly the translaminar fracture 

toughness value whereas blocking 45º plies 

affected slightly the latter due to the delamination 

at the ±45º interface [5]. 
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3 Numerical simulation 

The specimens from the previous section (Table 

2) were modelled using FE. A whole CT 

specimen (Fig. 4), with a fine mesh around the 

crack, was modelled using 4-node bilinear plane 

stress (CPS4R) elements with reduced 

integration, and was run in Abaqus Standard [8]. 

The cohesive crack was modelled with 4-node 

cohesive elements (COH2D4) using a bi-linear 

law. The cohesive crack was modelled by means 

of a bilinear law (using in turn the initiation and 

propagation fracture toughness values). 

Fig. 5 shows results for layup E specimens (Table 

2). It can be observed that the simulations with a 

bi-linear cohesive law can successfully capture 

either the initiation or propagation part of the 

curve, depending on which values of toughness 

is used. These results, together with the results 

for the other laminates to be included in the full 

paper, show that the R-curves measured 

experimentally are suitable for representing the 

translaminar fracture process for the range of 

laminates selected. 
 

4 Conclusions 

By carrying out direct numerical simulations of 

crack propagation in CT specimens with 

different layups, using fracture toughness data 

obtained experimentally, this paper shows that: 

 The models with the initiation fracture 

toughness correctly represent the first 

stage of damage, namely they capture the 

peak load. 

 The models with the propagation fracture 

toughness correctly represent the latter 

stage of damage, namely that 

corresponding to the horizontal part of 

the R-curve. 
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Fig. 1 - SEM fracture surface of a [(906/−45)/(906/
45)/903]𝑆 specimen. 
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REPRESENTING TRANSLAMINAR FRACTURE AS A COHESIVE CRACK 

 

 

Fig. 2 - CT specimen dimensions in mm. 

 

Table 1 – Material properties of T800s/M21. 

Modulus (GPa) 
Poisson’s 

ratio 

Longitudinal Transverse Shear  

160 9.3 4.2 0.33 

 

Table 2 – Layups investigated [5]. 

ID Layup 

A (90)34 

B [(90/0)8/90]𝑆 

C [(906/0)2/903]𝑆 

D [((905/0)2)2/903]𝑆 

E [(906/−45)/(906/45)/903]𝑆 

F [(905/−45/+45)/903]𝑆 

G [(906/+45/0/−45)/903]𝑆 

H [90/+45/0/−45]3𝑆 

I [902/02/+452/−452/90/0/+45/−45]3𝑆 

 

 

 
Fig. 3 – R-curve for [(906/−45)/(906/45)/903]S 

specimen. 
 

 

Fig. 4 – CT specimen modelled in FE. 

 

Fig. 5 - Load displacement curves for [(906/−45)/(906/
45)/903]S specimens. 
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1 General Introduction  
 

Laminated composite materials have been used in 

many industrial applications. When a composite 

laminate is subjected to mechanical loading, its 

thickness changes. Changes in thickness of laminate 

happen due to Poisson coupling effect. This effect 

produces high interlaminar stress around free edges 

which can cause delamination failure [1]. Many 

researches were performed to calculate the values of 

interlaminar (IL) strains and stresses analytically and 

numerically [2, 3]. Real-time monitoring of through-

thickness strain (TTS) in composite laminates, 

particularly at locations away from the free edges of 

the laminates will improve safety and proper 

performance of composite structures. Experimental 

technique to measure TTS is needed. Technique of 

small strain gages may be used to measure TTS at 

free edges. However it is not possible to determine 

the TTS at locations away from the free edges. 

Technique of fiber optics may be used to measure 

in-plane strains and transverse strain in laminates 

[4]. However, the diameter of the fiber is still large 

(52 micrometers, which is more than 6 times the 

diameter of a glass fiber, and about half the 

thickness of ply) and the interference due to the 

insertion of the optical fiber may not give accurate 

strain values. Technique of Moire interferometry 

was used to measure the TTS at the edge of the 

laminates [5-7]. However, it cannot be used to 

determine the TTS at locations away from the 

laminate edge. The exceptional electrical, thermal, 

physical and mechanical properties of carbon 

nanotubes (CNTs) combined with their small size 

and high aspect ratios make them excellent 

nanoscale reinforcement for advanced composite 

structures [8-10]. The incorporation of the CNTs 

into the resin makes the resin to be electrically 

conductive and the combined material can be used  

 

 

 

as sensor. Recently attempts have been made to 

embed CNTs into polymers to monitor strain and 

subsequently failure in polymer matrix composites 

(PMCs) using electrical resistance measurement 

(ERM) [11]. Fiedler et al. [12] first reported the 

ability of CNTs as conductive additive for damage 

sensing in composites. Boger et al. [13] added CNTs 

and carbon blacks in the glass/epoxy composites and 

found that there is correspondence between the 

change in in-plane strain and the change in through-

thickness electrical resistance (TTER). Thostenson 

et al. [14-15] dispersed CNTs into epoxy to make 

glass/epoxy/CNTs composite specimens and showed 

that cracking in tensile specimens corresponds with 

the increase in in-plane electrical resistance. Nofar et 

al. [16] incorporated CNTs into epoxy to fabricate 

glass/epoxy/ CNTs composite specimens and found 

that damage in the specimens is detected by 

significant change in in-plane electrical resistance 

during tensile and fatigue testing. They also reported 

that electrical resistance change (ERC) is more 

sensitive than strain gage measurements for damage 

monitoring. Gao et al. [17] deposited CNT onto 

glass fiber surfaces and showed that epoxy 

composites made using this fiber system may be 

used for in-situ sensing of strain and damage. 

Alexopoulos et al. [18] developed fibers consisting 

of CNTs in a sheath of polymer matrix. These fibers 

are then embedded inside the glass /polymer 

structure for detecting mechanical deformation using 

the change in electrical resistance of the special 

fiber. Hena-Zamal and Hoa [19] embedded CNTs in 

glass/epoxy composites and indicated that there is 

correspondence between the change in TTER and 

damage accumulation during fatigue testing. 

Naghashpour and Hoa [20] showed that TTER of 

glass/epoxy/CNTs composite specimen is sensitive 

to uni-axial load applied along the length and across 

the thickness of the specimen. The above works 

illustrate very interesting attempts to monitor strain 
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GLASS/EPOXY/CNTS COMPOSITE LAMINATES SUBJECTED 

TO MECHANICAL LOADING 
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and damage in glass/epoxy/CNTs composite 

specimens by electrical resistance measurements 

when the specimen is subjected to tensile and fatigue 

loading. However it remains to be observed whether 

TTS can be monitored by measuring electrical 

resistance of specimen under four-point bending. 

Here, we investigated the electrical behaviour of 

glass/epoxy/CNTs composite specimen subjected to 

four-point bending test. In the present work, 

Multiwall carbon nanotubes (MWCNTs) were 

dispersed into epoxy resin. This modified epoxy 

resin was then incorporated with long glass fiber to 

make [05, 908, 05] laminates. The specimens were 

tested in four-point bending while the through-

thickness and in-plane electrical resistances were 

measured. The experimental results show that the in-

plane and through-thickness electrical resistances are 

effective to track in-plane and through-thickness 

strains of the specimen under four-point bending 

load.  

 

2 Experimental Materials and Methods 

 

 

2.1 Materials 

Multiwall carbon nanotubes (MWCNTs), 

Unidirectional S-glass fibers, and (Epon 862, 

EPIKURE W) were purchased from Bayer Material 

Science, ACP Composites and Miller-Stephenson 

Chemical Companies respectively.  

 

2.2 Fabrication  

Composite laminate of [05/908/05] layup sequence 

having the largest average through-thickness strain 

was selected for fabrication [20]. In order to make 

[05/908/05] glass fibers/epoxy composite containing 

MWCNTs, the epoxy resin and curing agent (26.4 

wt %) were first mixed. Then 0.3wt% MWCNTs 

were added into epoxy matrix (the percolation 

threshold of the MWCNTs in epoxy was determined 

experimentally to be 0.1883 wt% [21]). The mixture 

was processed using calendering approach (EXAKT 

80E, EXAKT Technologies Inc) to disperse the 

MWCNTs within the epoxy matrix. The modified 

epoxy was then heated up to 70
0
C for 20 min in 

vacuum oven to remove air bubbles. Eighteen layers 

of unidirectional S-glass fibers were wetted with the 

modified epoxy by hand lay-up method. The plate 

was cured using an Autoclave.  

 

2.3 Arrangement of electrical connections and 

strain gage 

 

The ASTM standard D7264-D7264M-07 was 

utilized for performing four-point bending tests on 

the [05/908/05] composite plate. The fabricated plate 

was cut into strips of dimensions (250 mm × 25 mm 

× 2.16 mm). Six conductive electrical contact points 

made from silver-epoxy paste were mounted on the 

top (T) and bottom (B) surfaces of the [05/908/05] 

specimen. Then electrical wires were attached with 

silver-epoxy paste on both surfaces of the specimen 

to make electrodes for electrical resistance 

measurement. For measuring ATTS, a small strain 

gage (1.9 mm long) was bonded on the thickness 

section of the sample. The specifications of 

specimen and arrangements of electrical connections 

and bonded strain gage on the specimen are 

schematically illustrated in Fig.2. 

 

2.4 Electrical resistance measurement  

The electrical resistance measurement (ERM) was 

used to monitor the state of electrically conductive 

specimen. The electrical resistance measurement 

adopts the material itself as a sensor and it does not 

need expensive equipment. ERM was performed by 

two-probe method using Agilent digital Multimeter 

(34401A). Electrical Resistance Change (ERC) is 

expressed by:  

ERC =
∆R

Ri

=
Rf − Ri

Ri

 

 

    (1) 

Where  
�  and 
� are the electrical resistance 

before and while loading respectively. 

 

 

    

Fig.1.SEM of laminate section 
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2.4. Average through-thickness strain (ATTS) 

measurement  

Average through-thickness strain measurement was 

performed using conventional metallic strain gage 

(L1E-350K-PC06-LE) from MFL Company [22]. 

The length of the copper wire in the strain gage is 

0.74 mm. However there is a backing required for 

bonding with the substrate. The length of the 

backing is 1.9 mm (the thickness of the sample was 

about 2.16 mm, which is adequate). The accuracy of 

these gages is 3%, as provided from the 

manufacturer. As such the strain gage only measures 

the strain over the 90o layers (which is about 0.96 

mm thick), and not over the whole thickness of the 

composite specimen as shown in Fig.2.  

3. Four-point bending test while monitoring 

strain and electrical resistances   

To investigate the effect of a four-point bending load 

on electrical resistances and strain, the specimens 

were tested in four-point bending using 100 KN-

MTS mechanical testing machine.   

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Four-point bending tests were done for six 

specimens with a crosshead displacement of 0.127 A 

schematic of the four-point bending set-up and 

experimental details are illustrated schematically in 

Fig.3mm/min. The specimens were loaded under 

four-point bending while in-plane and through-

thickness electrical resistances and through-

thickness strain were measured simultaneously. The 

applied loads, displacement, strain and electrical 

resistances in real-time were recorded using MTS 

machine, strain gage conditioner (2120A), power 

supply (2111), Agilent machine (34401A) 

respectively. 

4 Results and discussion 

The in-plane and through-thickness electrical 

resistance responses measured from CNT networks 

dispersed in the [05/908/05] specimen are 

investigated when the specimen is subjected to four-

point bending.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.2. Schematic illustration of  specimen specification and locations of strain gage and electrodes 
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  The specimen was subjected to four-point bending 

while in-plane electrical resistances at top and 

bottom surfaces of the specimen and also TTER 

were measured simultaneously. Since the aim of this 

study is to check the possibility of using change in 

TTER as a measure of ATTS, maximum allowable 

load that can provide linear (elastic) reign in Load-

displacement curve is required. A maximum load of 

500 N was experimentally determined for the 

[05/908/05] specimen in order to work on elastic 

reign. 

4.1. Four-point bending load (z direction) while 

monitoring displacement and electrical resistance 

(z direction) 

Four-point bending load and change in TTER 

measured at the edge of the specimen versus 

displacement curves are shown in Fig.4. The change 

in TTER was calculated based on Eq.1. As it can be 

observed from Fig.4, the load and change in TTER 

increase linearly as displacement increases.   
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Fig.4. Four-point bending test results showing load 

and change in TTER at the edge of the specimen 

versus displacement curves for the specimen   

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.3. Four-point bending test setup a) Specimen placed on MTS machine with load cell under four point 

bending . b) Close-up view of Load span,support span,electrodes and strain gage bonded to specimen. 
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4.2. Four-point bending load (z direction) while 

monitoring strain and resistances (z direction) 

Four point bending test was performed while 

through-thickness strain and electrical resistances 

along the length and across the thickness of the 

specimens were measured. The obtained 

experimental results of ATTS measured for 90o 

layers located at the center of the [05/908/05] 

specimen and TTER at the edge of the specimen are 

plotted in Fig.5. It is observed from Fig.5 that there 

is good relation between change in TTER and the 

magnitude of ATTS measured using strain gage for 

900 layers localized at the center of the specimen.  
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Fig.5. ATTS measured strain gage and change in 

TTER-Load curves for the specimen 

 

4.3. Four-point bending load (z direction) while 

monitoring in-plane resistances (compression 

side)  

It is clear from Fig.6 that the change in in-plane 

electrical resistance measured on compression side 

of the specimen decreases with increasing load. This 

indicates that CNT networks are contracted due to 

compression.  
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Fig.6. change in in-plane electrical resistance 

(compression side)-Load curves for the specimen  

4.4. Four-point bending load (z direction) while 

monitoring in-plane resistances (tension side) and 

strain  

Fig.7 shows that the change in in-plane electrical 

resistance measured on tension side of the specimen 

increases as load increases. This reveals that CNT 

networks are extended due to tension.  
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Fig.7. change in in-plane electrical resistance 

(tension side)-Load curves for the specimen  
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It is seen that the top and bottom surfaces of the 

specimen are in compression and tension 

respectively when it is tested in four-point bending. 

These compression and tension sides produce 

negative and positive change in in-plane electrical 

resistances respectively. Different electrical 

behaviour for MWCNT networks dispersed in the 

specimen is observed when the specimen was 

subjected to four-point bending. The different signs 

for the change in electrical resistance are obtained. 

The change in electrical resistance is due variation 

of MWCNT networks, pezoresistivity of individual 

MWCNTs as well as a change in intertube tunneling 

distance between crossing MWCNTs.  As such, 

different signs for the change in electrical resistance 

are as result of different loading conditions. 

 

4 Conclusions  

The ability of using CNT networks in glass 

fiber/epoxy composite laminates to track in-plane 

and through-the-thickness strain under four-point 

bending was investigated. The obtained 

experimental results demonstrate that in-plane and 

through-thickness electrical resistance measurements 

are effective to track the in-plane and through-

thickness strains. It can be concluded that the 

addition of MWCNTs into epoxy in 

glass/epoxy/MCNTs composite laminates make the 

combined materials as sensor which can be used as a 

new method for the measurement of in-plane and 

through-thickness strains. The method to monitor 

strain is based on monitoring in-plane and through-

thickness electrical resistance changes via the 

mounted electrodes on both surfaces of the 

specimen.  
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1 Introduction  

In recent years, the utilization of bio-based materials 
either as a bio-based resin or natural fibers in 
composites has emerged due to the need for better 
chemical sustainability. In addition, the sustainable 
use of chemicals has a potential positive impact on 
the environment. Moreover, the north portion of the 
USA is a rich source of renewable resources; 
therefore, developing polymers from cheap and 
renewable resources is cost effective.  Some other 
advantages of using renewable resources in 
composite industry included: less dependence on 
petroleum-based products and higher specific 
strength and stiffness. 
In this study, a new highly functional bio-based 
polyol is applied to create structural biocomposites. 
Bio-based polyols are reacted with polyisocyanates 
to generate polyurethanes. The resultant 
polyurethane from this novel high functionality bio-
based polyol has shown higher moduli, hardness, 
and Tg compared to another bio-based and petroleum 
based polyols [1] [2]. Flax fibers were used in this 
study, because they possess moderate strength and 
low density [3]. Moreover, in comparison to other 
natural fibers, they are more readily available. 
Polyurethanes (PURs) are usually made from 
petroleum based polyols and isocyanates and have 
widespread applications in automotive parts, 
coatings, sealants, adhesives and other infrastructure 
uses [4]. Today, polyurethanes are finding a growing 
interest for applications as composites due to the 
increasing demand for lightweight, durable and cost 
effective compounds for sectors such as the 
automotive market[5]. Owing to the versatility of 
polyurethane chemistry, a broad range of properties 
and applications are possible for reinforced 
composites, such as seat frames, sun shades, door 
panels, package trays and truck box panels. 
Adhesion between the polyurethane matrix and the 
fiber surface is also an important factor in the 

improvement of mechanical performances [6]. 
Petrochemical-based polyester, polyether, and 
acrylic polyols are the main types of polyols used in 
PUs, but interest in plant oil-based polyols is 
growing [1, 2, 7].  
Natural oils are a rich source of polymer precursors 
with broad ranges of properties. The wide ranges of 
properties in bio-based polymer are attributed to 
different types of functionalities of polymer 
precursors such as double bond and ester groups. 
Epoxidation is one of the most important 
functionalization reactions of double bonds, and 
epoxide ring-opening reactions can lead to numerous 
products [8]. On the other hand, the modification of 
double bonds can incorporate the functionalities like 
maleates, hydroxyl or epoxy [9] [10] [11, 12]. In the 
last decade, the development of bio-based polyols 
made from natural oils has received focused 
attention in polymer production. Hydroxyl-
containing polyols and isocyanates are the two major 
components of polyurethane (PU).  Therefore, 
developing the bio-based polyol for polyurethane 
manufacturing is also preferable due to economic 
and environmental issues. 
Desroches’ review on vegetable oil derived bio-
polyurethanes presents a detailed overview of 
different possible synthetic routes and includes a 
useful list of commercial bio-based polyols that can 
be applied in the production of polyurethanes [13]. 
Indeed, castor oil, a hydroxyl -containing 
triglyceride and other plant oils have been used for 
making polyol functional compounds [14].  Castor 
oil was the first natural oil that was used for making 
bio-based polyols. Several works have reported on 
the use of alcoholyzed castor oil for the production 
of polyurethanes obtained by polycondensation 
reactions with different isocyanate components [11] 
[15]. The polyurethane made from castor oil is 
relatively soft since the number of hydroxy groups 
per molecule is relatively low with only 2.7 per 
molecule on average. To improve the mechanical 
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properties of polyurethane, higher functionalities of 
polyol is needed [2, 16]. Among all of the available 
plant oils, soybean oil-based polyols are more 
desirable because they provide higher functionalities 
of polyol and result in better mechanical properties 
compared to other plant oil polyols. Moreover, it can 
be produced in large production volume abundance 
(ca. 70 million metric tons/year in USA) and low 
price (ca. 0.1 US $/kg). Khot et al. utilized an 
acrylated epoxidized soybean oil to produce glass 
fiber composites by resin transfer molding [9]. 
Depending on the fiber content, young’s moduli of 
5.2 to 24.8 GPa were measured for the composites 
bearing 35 and 50 wt.% of GF, respectively, and 
tensile strengths of 129–463 MPa, for the same 
samples. 
A common method to produce a bio-based polyol 
with higher functionalities is presented by previous 
researchers [1, 2] [17]. Two reaction steps in this 
method are epoxidazation of soybean oil and then 
ring-opening with an active hydrogen molecule. 
However, we have recently produced a highly 
functionality epoxidized sucrose soyate polyol is 
called methoxylated sucrose soyate polyol (MSSP). 
When the ring-opening of epoxidized sucrose soyate 
(ESS) is accomplished using methanol, the resultant 
polyol is called methoxylated sucrose soyate polyol 
(MSSP). The schematic chemical structure of the 
methoxylated sucrose soyate polyol is shown in 
Fig.1. The use of an epoxidized sucrose ester of 
soybean oil gives even higher hydroxyl functionality 
and as a result, it provides superior properties 
compared to epoxidized soybean oil [2].  
While we know this high hydroxyl group 
functionality polyol provides greater hardness and 
range of cross-link density to PU thermosets in 
coatings applications [1] [2], the potential 
application of this novel bio-polyol in polyurethane 
reinforcing composites has not been explored yet. 
This study examined two composites: (1) 50 % vol. 
glass/bio-based PU, (2) 40 % vol. flax/bio-based PU. 
The mechanical and thermal properties were 
assessed for this novel bio-based polyurethane and 
on the synthetic and natural fiber reinforced 
composites to confirm that they have desirable 
properties. 
The tensile, flexural, shear, and impact strength in 
addition to thermal properties (HDT, Tg) of flax and 
glass fiber reinforced polyurethane (PU) derived 
from sucrose soyate resin composites were 
investigated herein.  

 
2 Experimental 

2.1 Material Preparation 

Two types of fiber reinforcement and one type of 
polyurethane (PU) matrix were used in this study. 
The high fuctionality methoxylated sucrose soyate 
polyol (MSSP) for was prepared by epoxide ring-
opening reactions from epoxidized sucrose ester of 
soybean oil—epoxidized sucrose soyate—in which 
secondary hydroxyl groups were generated from 
epoxides on fatty acid chains as reported previously 
[16]. This high functionality polyol contains OH eq. 
wt. = 300 g OH eq-1 The isocyanate component is 
Baydur PUL 2500 Comp. A Isocyanate with an 
NCO content of 31.5%. The reinforcement used in 
this study was E-glass fabric with 237 g/cm2 and 
plain weave supplied by Fibre Glast Development 
Corporation. 

2.2 Composite Preparation 

E-glass fibers and flax fibers were dried at 100 °C 
overnight to prevent void formation. The hand lay-
up technique was used to prepare two fiber 
reinforced composites: (1) 40 vol. % flax/PU 
composite and (2) 50 vol.% glass/PU composite. 
Each layer of fiber fabric was pre-impregnated by 
matrix and then placed over the other fabric in the 
mold to ensure resin is uniformly distributed 
throughout the composite. 
Composites were processed in the 100 mm x 200 
mm dimension closed mold compression at room 
temperature under 110 kN for 12 hours. To make 
sure of complete curing, the specimens were put in 
an oven at 80 °C overnight. 

2.3 Mechanical Testing 

The reinforcement weight fraction was determined 
by the resin burn-off. The fiber volume fraction was 
measured from fiber, matrix, and composite density. 
Completion of the reaction was determined by 
Differential Scanning Calorimetry (DSC). Some 
mechanical and thermal tests were performed to 
evaluate the matrix and flax, and glass reinforced PU 
composites properties. All mechanical tests were 
conducted at ambient temperature. Tensile strength 
and modulus, flexural strength and modulus, impact 
resistance, interlaminar shear strength were used to 
measure static mechanical properties. Dynamic 
mechanical analysis (DMA) was also used to 
determine thermal properties of specimens. DMA   
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Fig 1. Schematic chemical structure of the methoxylated sucrose soyate polyol (MSSP). 

 

was carried out on a TA Instrument Dynamic 
Mechanical Analyzer at a heating rate of 5 °C /min 
from 0 to 190 °C with oscillation frequency of 10 
Hz. The following sections provide details on the 
mechanical property testing that was carried out on 
neat PU and flax, and glass fiber reinforced bio-
based PU composites. 
 
3 Results and Discussion 

 
3.1 Curing Analysis 
Differential Scanning Calorimetry (DSC) is a useful 
tool for the characterization of curing reactions. 
Curing reactions are invariably exothermic processes 
and register in a DSC thermogram as an increase in 
specific heat (i.e. as an exotherm). The area under 
such peaks can be measured in terms of calories per 
gram of sample, and thus the DSC technique is used 
to obtain curing data with respect to temperature, i.e. 
the temperature at which a system starts to cure and 
a range over which it continues. Therefore, DSC 
verifies that the resin curing reaction was completed 
before any mechanical tests. A DSC Q1000 from TA 
Instruments with an auto sampler was used to 
measure the exothermic heat (heat per mass of 
material, J/g) when samples were subjected to a heat 
cycle from 0 to 260 °C by ramping at 10 °C/min. 

DSC was started just after preparing the mixture, 
which is because the total heat of reaction is 
measured from 0% to 100% conversion. The 
residual heat was measured after isothermally curing 
in an oven at 80 °C for 4 hrs and at room 
temperature for 12 hrs. Fig. 2 shows the DSC for 
neat MSSP PU system for (1) from the beginning of 
the reaction, (2) after 4 hrs curing in an oven, and (3) 
after 12 hrs curing at room temperature. Based on 
these curves, to complete cure, the PU system 
requires more than 4 hours of postcuring at 80 °C. 
The degree of cure of PU system can be calculated 
by Eqn. (1): 
 

   (1) 
 

where αt denotes the degree of cure at curing time t 
(hr), ΔHt is the liberated heat during time t, ΔHres is 
the residual heat after time t, and ΔHrxn is the total 
heat of reaction. The integrated area of the 
exothermic peak was determined as the liberated 
heat in the DSC scan. The total heat of reaction 
(ΔHrxn) and the residual heat after curing (ΔHres) 
were obtained. Table 1 presents the degree of cure 
for neat MSSP PU with postcuring at 80 °C for 4 
hours and at room temperature for 12 hours. 
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Fig. 2. DSC curves at 10 °C/min for neat MSSP PU system curing. 

 
Table 1. The Degree of Cure of MSSP PU Systems  

Sample Curing condition ΔHresidual ΔHreaction Degree of Cure 
Neat MSSP PU 4 hr at 80 °C 6.89 182.8 96.2 
Neat MSSP PU 12 hr at room temp. 7.09 182.8 96.1 

 

3.2 Tensile Testing 
Tensile test specimens were cut from the fabricated 
panels according to American Society for Testing 
and Materials (ASTM) standards in a laboratory 
room environment (23 °C, 50% relative humidity) to 
promote failure in the gage section. Tensile testing 
(ASTM D3039) was conducted on an Instron Q5567 
load frame using a displacement rate of 2 mm/min 
(0.08 in/min) throughout the investigation. An 
extensometer was attached to the sample to measure 
strain in order to calculate the modulus. The tensile 
properties obtained from the ASTM D3039 testing 
are shown in Table 2. Tensile strength for 
composites were not reported in these results as 
failure of most specimens was outside of the gage 
section. Future studies will include the use of tabs to 
ensure proper tensile failure. 

Table 2. Tensile Tests Results for Neat PU, 40 
vol.% Flax/PU, and  50 vol. % Glass/PU Composites 

Samples Tensile Modulus  
GPa (ksi) 

Tensile 
Strength 
MPa (ksi) 

Neat PU 1.41 ± 0.002 
(205 ± 0.31) 

36.34 ± 1.03 
(5.27 ± 0.150) 

Flax/PU 20.31 ± 5.50 
(2944.26 ± 797.70) --- 

Glass/PU 50.1 ± 11.2 
(7266.39 ± 1624.42) 

-- 

 
3.3 Flexural Testing 
The 3-point flexural testing of the neat PU, flax/PU, 
and glass/PU composites was conducted on the same 
tensile machine (Instron Q5567 load frame) 
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according to the ASTM standard D790. For all tests, 
the support span shall be 16 times the depth of the 
beam. The minimum overhang length of either side 
of the supporting rollers should not be less than 6.35 
mm (¼ in). 
Testing was conducted at room temperature on five 
different samples. Both flexural strength and 
modulus was determined (Table 3).  

Table 3. Flexural test results for neat PU, 40 vol.% 
Flax/PU, and  50 vol. % Glass/PU composites 

 
3.4 Interfacial Properties 
The interfacial properties of flax/PU composites 
were evaluated by short beam shear tests (ASTM 
D2344). The results of short beam shear tests of 
flax/PU and glass/PU composites are presented in 
Table 4. 

Table 4. Interfacial Properties of 40 vol.% Flax/PU 
and  50 vol. % Glass/PU Composite 

 
3.5 Izod impact test (ASTM 256) 
The test specimen for Izod impact is clamped into 
position so that the notched end of the specimen is 
facing the striking edge of the pendulum. The 
pendulum hammer is released, allowed to strike the 
specimen, and swing through. If the specimen does 
not break more weight is added to the hammer and 
the test is repeated until failure occurs. The impact 
values are directly read from the scale. Tinius Olsen 
impact testing machine used for measuring impact 
toughness. Assuming negligible friction and 
aerodynamic drag, the energy absorbed by the 

specimen was equal to the height difference times 
the weight of the pendulum. The mean impact 
toughness for neat PU, flax/PU, and glass/PU 
composite specimens are shown in Table 5. 

Table 5. Unnotched impact toughness of neat PU, 
40 vol.% Flax/PU, and  50 vol. % Glass/PU 
Composites 

 
3.6 Tg by DMA 
Dynamic mechanical tests were carried out on a 
dynamic mechanical analyzer (DMA). The loss 
moduli and tan δ were recorded from 25 °C to 180 
°C, at the heating rate of 5 °C/min (Table 6).  
A typical plot of the temperature dependence of the 
storage modulus (G’) of the high functionality soy 
polyol-based polyurethane and its composites are 
shown in Fig. 3. The value of G’ was initially stable 
at low temperature (glassy state). Then, it sharply 
drops in the region between 70 and 130 °C. As the 
temperature further increased, G’ stabilize in the 
rubbery state. The presence of a region where the 
storage modulus remains relatively constant 
indicates that a stable crosslinked network exists. 
The patterns of the curves of temperature 
dependence for the composite specimens are similar 
in nature to the neat polyurethane. However, over 
the temperature range studied, G’ is noticeably 
increased in the flax and especially glass composites. 
The substantially increase in G’ in composites is 
attributed to fiber loading and stress transfer at the 
matrix-fiber interface, thereby increasing the 
stiffness of the overall material. 
A comparison of the average G’ values measured at 
40 °C is shown in Fig. 3. At this temperature, G’ 
increased from an average of 7500 MPa in 40 vol % 
flax fiber reinforced with MSSP based polyurethane 
to 28750 MPa in the 50 vol% glass  fiber reinforced 
with MSSP based polyurethane. These values 
represent significant improvements compared to the 
neat MSSP based polyurethane (1875 MPa).  

Sample Flexural Modulus 
GPa (ksi) 

Flexural Strength 
MPa (ksi) 

Neat PU 1.18 ± 0.18 
(171.61 ± 26.58) 

51.55 ± 6.09 
7.47± 0.88 

Flax/PU 12.38 ± 1.33 
(1795.52 ± 193.46) 

177.34 ± 14.79 
(25.72±2.15) 

Glass/PU 36.21 ± 1.4 
(5251.81 ± 203.05) 

591.90 ± 13.59 
(85.85 ±  1.97) 

Sample Impact Resistance 
J/m ( ft-lb/in) 

Neat PU 87.54 ± 33.62 
(1.64 ± 0.63) 

Flax/PU 587.3 ± 36.37 
(11.0 ± 0.68) 

Glass/ PU 3933.55 ± 318.98 
(73.56 ± 5.96) 

Sample Interlaminar Shear Strength 
MPa (ksi) 

Flax/PU 18.29 ± 0.742 
(2.65±0.11) 

Glass/ PU 40.22 ± 2.11 
(5.83 ± 0.31) 
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Fig. 3. Temperature dependence of the storage modulus (G’) of MSSP based polyurethane composites: (A) neat 

polyurethane, (B) flax reinforced (40 vol%) and (C) glass reinforced (50 vol%). 

 
Fig. 4. Glass transition temperature (Tg) of MSSP based polyurethanes composites: (A) neat polyurethane, (B) 

flax reinforced (40 vol%) and (C) glass reinforced (50 volt%)
 

The glass transition temperatures (Tg) were 
determined from the peak of the tan δ (ratio of loss 
modulus, G”, to storage modulus, G’) curves. Only 
one Tg (112.11 ± 1.8) was observed for the 
polyurethane suggesting a single phase system. The 
high Tg of these composites containing sucrose 
soyate was attributed to the great structural 

rigidity and the high functionality of the sucrose 
molecule which is the core of sucrose soyate 
The rigidity of the sucrose molecule has been 
shown to give more rigid thermosets in previous 
studies [2, 18].  

B 

C 

B 

C 
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Flax/PU exhibited higher glass transition 
temperature than the glass/PU composites. However 
the error bars overlap, thus indicating that glass 
transition temperature may be the same in both the 
flax and glass composites. Considering fiber loading 
that is 25 vol% less in flax fiber compared to glass 
fiber, the Tg of this biobased polyurethane shifted to 
higher values and was determined to be 117.31 ± 
0.58 °C for the flax-reinforced composite if 
considering the error bar, no increase was noticed 
when E-glass was used as reinforcement (114.31 ± 
2.8).  

The increase in Tg for the flax/PU composites 
suggests a restricted mobility of polymer chains in 
the network. This may be the result of the increased 
number of hydroxyl groups available on the flax 
fiber. Those groups react with isocyanate and result 
in immobilization of polyurethane molecules on 
fibers. The intensity of tan δ decreases in composites 
due to the net volume reduction of the polyurethane 
resin but also as a result of the lower chain mobility 
(Fig. 4). 

Table 6. Tg for neat PU, 40 vol.% Flax/PU, and  50 
vol. % Glass/PU composite 

 
3.7 Heat Deflection Temperature 

 
The heat distortion temperature (HDT), usually 
denotes the highest temperature to which a polymer 
may be used as a rigid material in application, which 
is why HDT sometimes is referred to as softening 
temperature. Up to this maximum temperature 
(HDT), a material is able to support a load for some 
appreciable time. Heat distortion temperature was 
determined using a dynamic mechanical analyzer 
(DMA) using a three-point bending fixture. 
According to ASTM International Standard D 648, 
the samples were heated from 25 °C temperature to 
300 °C at the rate of 3 °C/min Table 7 shows the 

HDT for neat PU, the flax/PU composite, and 
glass/PU composite. 

Table 7. HDT for neat PU, 40 vol.% Flax/PU, and  
50 vol. % Glass/PU composite 

Sample HDT °C (oF) 

Neat PU 68.8 ± 1.8 
(155.84 ± 3.24) 

Flax/PU 243.67 ± 6.03 
(470.61 ± 10.85) 

Glass/ PU 274.32 ± 2.8 
(525.78 ± 5.04) 

 
4 Conclusion 
The static mechanical properties (i.e. tensile 
strength, flexural strength, and impact strength) and 
thermal properties (HDT, Tg) were investigated for 
40 vol.% flax/PU, and  50 vol. % glass/PU 
composite. Although the volume fraction of flax 
fiber was lower than fiberglass reinforced 
composites, they exhibit comparable thermal 
properties to the fiberglass reinforced composites. 
By considering the lower volume fraction of flax in 
composites, they were also found to exhibit 
mechanical properties comparable to that of a 
commercially available fiberglass/PU composite. 
Future studies will be conducted on composites with 
similar fiber volume fractions for improved 
comparison. 
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Abstract  

A mixed mode cohesive law is presented for the 

representation of interface dilation of a fracture 

process zone undergoing dominated tangential 

(Mode II) crack opening displacement. The model 

introduces two new material length parameters for 

the interface dilatation. The phenomenological 

model can represent a variety of micromechanical 

fracture process mechanisms such as the 

development of multiple shear cracks, surface 

roughness of crack faces as well as bridging fibers 

undergoing buckling. The mixed mode cohesive law 

is implemented as a user element in a commercial 

finite element program. The new cohesive element is 

used to model mixed mode delamination 

experiments reported in the literature. It is found that 

the model is capable of reproducing the detailed 

behavior of the macroscopic delamination 

experiments well.    

 

1 Introduction  

 

1.1 Background and motivation 

Cohesive zone modelling, in which the fracture 

process zone is modelled in terms of traction-

separation laws called cohesive laws, is widely used 

to simulate crack growth of materials [1,2] and 

structures [3,4].   One of the advantages of cohesive 

zone modelling is that a cohesive law comprises 

both a strength (the peak traction value) and a 

fracture energy (the area under the traction-

separation curve), such that it embodies both crack 

initiation and crack growth [5]. A large number of 

cohesive laws have been developed [6-8]. Most of 

these cohesive laws are idealized cohesive laws and 

usually the traction-separation relationships are 

assumed to be linear and the tractions decay to zero 

at a critical separation.  

However, it is becoming more apparent that the 

idealized mixed mode cohesive laws can be too 

simple to represent real fracture processes. A 

number of recent experimental investigations have 

shown that the behavior of a real fracture process 

zone can be significantly different from the idealized 

cohesive laws [4, 9-10]. In these studies, it was 

found that the Mode II fracture process generates a 

small separation in the direction normal to the crack 

plane (Fig. 1). This phenomenon, that an imposed 

pure sliding displacement induces a normal opening 

is what it is called here interface dilatation. 

Moreover, the cohesive laws for the normal and 

shear tractions are coupled. In contrast, all idealized 

mixed mode cohesive laws treat the fracture process 

zone as a smooth plane, so that a pure tangential 

displacement induces only shear traction (and vice 

versa).  

 

1.2 Aim of the study 

The aim of the present work is to formulate a 

cohesive law that incorporates interface dilatation in 

a phenomenological sense. The developed cohesive 

law is thus not based on a specific microscale 

fracture process mechanisms. Additional material 

length parameters are introduced. The values of 

these length parameters can be determined 

experimentally or from results of  micromechanical 

models of the specific fracture process. The 

proposed phenomenological model formulation is 

expected to be capable of modeling the mechanisms 

inducing interface dilatation shown in Fig. 1. In 

addition, it is assumed that the cohesive tractions are 

coupled but in a way so that they can be derived 

from a potential function. As a result the mixed 

cohesive law is path independent.  

The developed cohesive law is implemented as a 

user-defined element in the commercial finite 

element  (FE) code Abaqus. In the present paper, the 
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model is used for the modeling of the behavior of 

mixed mode fracture experiments of polymer fiber 

composites of Sørensen and Jacobsen [4].  

 

2 Summary of Experimental Results 

2.1 Experimental procedure 
Before the model is presented, it is useful to review 

the results of some mixed mode experiments that 

have documented interface dilatation [4]. In that 

study, mixed mode delamination of a unidirectional 

glass fiber/polyester composites was using double 

cantilever beam specimens loaded with uneven 

bending moments (DCB-UBM), see Fig. 2. The 

DCB-UBM test methods apply the same moment 

ratio throughout each experiment. All the test 

specimens experienced significant toughening due to 

large-scale crack bridging by cross-over bridging of 

fiber ligaments. The fracture resistance was 

characterized in terms of the J integral (an analysis 

method valid for both small and large-scale bridging 

problems [6]). In addition, the normal and tangential 

displacement at the original crack tip were 

measured.  

 

2.2 Experimental results 

A few representative results are shown in Fig. 3, 

where 
1M  and 

2M  are moments (both defined 

positive in the same direction, see Fig. 2) applied to 

the two beam of the cracked end of the DCB 

specimen. For the DCB-UBM specimen, 
21 MM = -

1 is pure Mode I and 
21 MM = 1 corresponds to 

pure Mode II. The fracture resistance 
RJ  is shown 

as a function of the magnitude of the end-opening 
*  in Fig. 3a. With increasing moment ratio 

(increasing amount of Mode II) the J  value at the 

onset of cracking increases. For all three moment 

ratios, the fracture resistance increases with 

increasing end-opening. This increase is attributed to 

the development of a crack bridging zone. For 

21 MM = -0.52 (near Mode I) and  
21 MM = 0.50, 

a steady-state fracture resistance, significantly 

higher than the initiation value, is attained. For 

21 MM = 0.97 (close to pure Mode II) the fracture 

resistance rises significantly, but does not approach 

a steady-state value. Fig. 3b shows the 

corresponding relationships between the end-

opening, *

n , and end-sliding, *

t . The Mode I 

dominated experiment (
21 MM = -0.52) results in a 

large normal opening and a relative small tangential 

end-opening. For both the mixed mode experiments 

with 
21 MM = -0.52 and 

21 MM = 0.50, the 

relationship between *

n  and *

t  is almost linear. In 

contrast, for the near full Mode II experiment 

(
21 MM = 0.97), both an end-sliding and a normal 

end-opening are found. More specific, for small end-

sliding (up to *

t
 0.5 mm), the end-opening 

increases near-proportionally, but for larger end-

sliding ( *

t  > 0.5 mm) the normal opening remains 

at a near-constant value of about *

n
0.2 mm. It is 

this behaviour for the near full Mode II experiment 

(
21 MM = 0.97) that cannot be recreated by 

traditional cohesive laws; they would not give any 

normal opening under pure Mode II. In Section 5 we 

will attempt to reproduce this behaviour using our 

new cohesive law with interface dilatation. 

 

 

3 Formulation of Mixed Mode Cohesive Law  

3.1 Description of interface dilatation 
As  mentioned above, the model developed is based 

on the assumption that the cohesive tractions can be 

derived from a potential function. Then, the values of 

the normal traction, 
nT , and the shear traction,  

tT , at a 

given position within the cohesive zone depend only 

on the current values of the local normal opening 

displacement, 
n ,  and tangential displacement, 

t ; 

they do not depend on the opening history.  

Fig. 4 illustrates the idea behind the model. An 

imposed tangential displacement (while keeping zero 

normal traction), 
t , should induce a displacement in 

the direction normal to the cracking plane, 
n . For 

small tangential displacements, the resulting normal 

displacement, 
n , increases with increasing 

t . This 

increase is assumed to be linear. However, for 

tangential displacements larger than a characteristic 

value, 
t

~
, the dilatation mechanism is assumed to be 

in full operation. Thus, the resulting normal 

displacement takes a constant value
n

~
. Both 

n
~

and  

t
~

 are considered material properties (i.e. properties 

of a given interface) and can be determined 

experimentally (see Sections 4 and 5). An outline of 
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the mathematical formulation is given below; full 

details are given in a journal paper [11].  

 

3.2 The normal traction 

For pure Mode I ( 0 t
), we take a bi-linear 

cohesive law. For 0n
, 

nT  should take a negative 

value, representing compressive normal traction 

during contact (opposing interpenetration). For 

0n
, the normal traction increases linearly from 

zero (at zero opening) to a peak traction value, 
nT̂ , at 

a separation denoted 1

n , and decreases linearly to 

zero at a critical separation called 0

n . The  

mathematical description of the pure Mode I 

cohesive law is: 
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Then, for 
tt 
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0  before the interface dilatation 

is fully in play, the normal traction becomes:  
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Now 
nT  is negative for 

nn 


. Note also that 
nT  

now depends on both 
n  and 

t .  

For 
t >

t
~

, the dilatation effect is in full effect and 

should be constant at the value  
t

~
. Consequently, 

the values corresponding to 1

n  and 0

n  of Mode I 

(now denoted  1

n  and 0

n ) should be translated as:  

11 ~
nnn   and  00 ~

nnn  .  (4) 

The equations for 
nT   then become:  
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(5) 

The normal traction-separation relations, Eq. (1), (3) 

and (5), are shown in Fig. 5. 

3.3 The shear traction 

Next we address the shear traction, 
tT . In order to 

have cohesive tractions that are derivable from a 

potential function  tn  , , the following two 

requirements must be met [13]: (A) The 
tn   

domain in which the cohesive tractions are defined 

must be simply connected,  and (B) the functions for 

the tractions must fulfil:  

 

t

n

n

t TT









.    (6) 

The first requirement is fulfilled for a 2D domain if 

it is without holes. The second requirement sets 

some restrictions to 
tT . Equations for 

tT  that fulfil 

(6) are slightly more complicated and less straight 

forward to understand than the equations for 
nT  

given above. Therefore, the equations for 
tT  will not 

be given here; they can be found elsewhere [11]. 

 

4 Implementation in Finite Element Model 

4.1 Development and testing 

The developed mixed mode cohesive laws were 

implemented in a 4-node user-defined element for 

the commercial finite element program Abaqus. The 

cohesive element was first tested with simple 

opening histories [11].  

Next, the cohesive element with interface dilatation 

was used in a large finite element model for the 

simulation of fracture of mixed mode specimens.  
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4.2 Model of DCB-UBM tests 

The finite element model of DCB-UBM specimens 

was made using 4-node isotropic plane strain 

(quadrilaterals) and 3-node reduced integration 

elements. The elastic properties were specified in 

terms of a Young's modulus of 37 GPa and a 

Poisson's ratio of 0.3. The moments were applied 

using prescribed rotations of the crack beam-ends in 

order to facilitate a stable solution.  

The fracture plane was modeled using the cohesive 

zone element of the interface dilatation law. The two 

length parameters that describes the interface 

dilatation, 
n

~
and 

t
~

, were determined by an 

iterative guessing procedure. That is, several sets of 

values of the cohesive zone parameters were used in 

simulation of the mixed mode DCB-UBM 

experiments and cohesive zone parameters were 

fine-tuned to obtain a good agreement between the 

experimental results and the model simulation. 

Although such a procedure may not guarantee a 

unique solution for the set of interface parameters, it 

seems to be reasonably efficient in terms of speed 

for parameter determination. 

 

5 Model Results 

Overall, model simulations using the new cohesive 

element were found to run fairly stable for models 

that involve many elements. 

 

5.1 Fracture resistance 

Fig. 6a shows some simulated results for the fracture 

resistance 
RJ  as a function of the magnitude of the 

end-opening * . The values of the cohesive law 

parameters are given in Table 1.  

For the Mode I dominated experiment (
21 MM = -

0.52), the fracture resistance increases to a steady-

state fracture resistance value of nearly 1 kJ/m
2
. For 

the mixed Mode experiment (
21 MM = 0.50), the 

fracture resistance also rises, and reaches a value of 

2.7 kJ/m
2
 at an opening of nearly 3 mm at which the 

simulation was ended. For the Mode II dominated 

experiment (
21 MM = 0.97), reaches 1.2 kJ/m

2
 at a 

small opening and thereafter increases near-linearly 

with increasing * . 

 

 

 

5.2 End-opening and end-sliding 

Fig. 6b shows the corresponding relationships 

between the end-opening, *

n , and end-sliding, *

t . 

For the Mode I dominated experiment (
21 MM = -

0.52), the openings in almost only normal opening; 

*

t
0. For the mixed Mode experiment (

21 MM = 

0.50), the openings increase almost proportional to 

each other. For both these moment ratios, the ratio 
** / nt   is so small that the interface dilatation 

mechanism is not in effect. However, the interface 

dilatation mechanism is in force for the Mode II 

dominated experiment (
21 MM = 0.97). For small 

values of *

t , a normal opening is induced as a result 

of the interface dilatation. For larger values of *

t , 

*

n  takes a near constant value.  

 

6 Discussion 

6.1 Comparison: Experiments and predictions 

Comparing the experimental results (Fig. 3) and the 

model predictions (Fig. 6), we find that the model is 

capable of reproducing the both the macroscopic 
**

tn   and the *RJ  behaviours reasonably well. 

Of course, the cohesive law parameters are chosen to 

fit the experiments, but it is nice to see, for instance 

that the predicted behaviour for *

n  and *

t  (Fig. 6b) 

looks much like the experimental results (Fig. 3b). 

 

6.2 Comments regarding potential function 

As mentioned above, the mixed mode cohesive laws  

incorporating interface dilatation were derived from 

a potential function. The implication is that the 

combined work of separation of the normal and 

shear tractions is independent of the opening history. 

According to theory, the work of separation of the 

cohesive tractions equals the potential function 

evaluated at the end-opening and end-sliding, 

 ** , tn   [12]. A potential function  tn  ,  for 

the cohesive traction is given elsewhere [11]. 

 

6.3 More advanced cohesive laws 

The cohesive law formulation here can be seen as a 

step toward the formulation of more physical based 

mixed mode cohesive laws. Analytical mixed mode 

cohesive laws derived from micromechanical 

models of observed fracture process zones can be so 
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mathematically complicated [12] so that it may not 

be practical to implement them directly in finite 

element programs; instead phenomenological 

models of the type presented here may be more 

feasibly. 

 

7 Conclusion 

Finite element simulations that use cohesive 

elements with a new cohesive law that  incorporates 

interfacial dilatation were found to run stably.  

Simulations using the new cohesive law with 

interfacial dilatation were found to give predictions 

for the end-opening and end-sliding that were i good 

agreement with experimental findings. 

 

Acknowledgements 

This study was partially supported by the Danish 

Centre for Composite Structures and Materials for 

wind turbines (DCCSM), grant no. 09-067212 from 

the Danish Council for Strategic Research. 

 

References 

 

[1] A. Needleman “A continuum model for void 

nucleation by inclusion debonding”. J. App. Mechn., 

Vol. 54, pp 525-531, 1987.     

[2] V. Tvergaard and J. W. Hutchinson “The relation 

between crack growth resistance and fracture process 

parameters in elastic-plastic solids”. J. Mech. Phys. 

Solids, Vol. 40, pp 1377-1397, 1992.   

[3] I. Mohammed and K. M. Liechti “Cohesive zone 

modeling of crack nucleation at bimaterial corners”. 

J. Mech. Phys. Solids, Vol. 48, pp 735-764, 2000. 

[4] B. F. Sørensen and T. K. Jacobsen “Delamination of 

fibre composites: Determination of mixed mode 

cohesive laws". Compos. Sci. Technol., Vol. 69, pp. 

445-456, 2009. 

[5] J. P. Parmigiani and M. D. Thouless “The effects of 

cohesive strength and toughness on mixed-mode 

delamination of beam-like geometries”. Eng. Fract. 

Mech., Vol. 74, pp 2675-2699, 2007. 

[6] Z. Suo, G. Bao and B.  Fan “Delamination R-curve 

phenomena due to damage”. J. Mech. Phys. Solids, 

Vol. 40, pp 1-16, 1992. 

[7] P. P. Camanho,  C. G. Davilia and  M. F. de Moura 

“Numerical simulation of mixed-mode progressive 

delamination in composite materials", J. Compos. 

Mater., Vol. 37, pp 1415-1438, 2003. 

[8] X. –P. Xu and A. Needleman “Void nucleation by 

inclusion debonding in a crystal matrix", Modell. 

Simul. Mater. Sci. Engng., Vol. 1, pp 111-132, 1994. 

[9] K. Leffler, K. S. Alfredsson and U. Stigh “Shear 

behaviour of adhesive layers”. Int. S. Solids Struct., 

Vol. 44, pp 530-545, 2007. 

[10]  J. L. Högberg, B. F. Sørensen and U. Stigh 

“Constitutive behaviour of mixed mode loaded 

adhesive layer”. Int. S. Solids Struct., Vol. 44, pp 

8335-8354, 2007. 

[11]  B. F. Sørensen and S. Goutianos, “Mixed mode 

cohesive law with interface dilatation”, Mechanics of 

Materials. Manuscript in preparation, 2013. 

[12]  B. F. Sørensen, E. K. Gamstedt, R. C. Østergaard, 

and S. Goutianos, “Micromechanical model of cross-

over fibre bridging - prediction of mixed mode 

bridging laws”, Mechanics of Materials, Vol. 40, pp. 

 220-4. 2008.  

[13]  R. Creighton Buck. Advanced Calculus, 3rd. edition. 

McGraw-Hill. Tokyo, p. 504, 1978. 

 

Tables 

 

Table 1: Cohesive zone parameters 

 

nT


 (MPa) 0.75 

tT


(MPa) 7.0 

1

n =
1

t  (mm) 0.02 

o

n  (mm) 2.13 

n
~

 (mm) 0.22 

t
~

 (mm) 
0.31 
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Figures 

 
a) 

 
b) 

 
c) 
 

Fig. 1. Mechanisms that induce normal opening 

during imposed tangential displacement: a) shear 

cracks, b) bridging fibers connecting the crack faces 

in such a manner that they buckle in compression, c) 

interface roughness. Adapted from [11]. 

 

 

 
 

Fig. 2. Schematics of the double cantilever beam 

specimen loaded with uneven bending moments 

(DCB-UBM). 
1M , the moment applied to the end of 

the upper beam of the cracked end, differs from 
2M , 

the moment that is applied to the lower beam.  

 

 

 

 

a) 
 

 
b) 
 

Fig. 3. Selected results from the mixed mode 

experiments from DCB-UBM specimens [4]. (a) 

Fracture resistance as a function of magnitude of 

opening of end of fracture process zone, and (b) 

relationship between the normal end-opening and 

the tangential end-opening. 
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Fig. 4.  Pure tangential displacement induces normal 

displacement. After a characteristic tangential 

displacement, 
t

~
, the normal opening remains at a 

constant value 
n

~
. From [11]. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

a)  

 

b)  

 

c)  

 

Fig. 5: The normal traction as a function of normal 

separation for (a) pure Mode I (
t = 0), (b) evolving 

interface dilatation (
t >

t
~

), and (c) interfacial 

dilatation in full effect. 
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a) 

 
b) 
 

Fig. 6. Predicted results for the mixed mode 

experiments of DCB-UBM specimens. (a) Fracture 

resistance as a function of magnitude of opening of 

end of fracture process zone, and (b) relationship 

between the normal end-opening and the tangential 

end-opening. 
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In order to provide satellite coverage to Canadian 

Arctic, the Canadian Space Agency (CSA) has 

proposed a Polar Communication and Weather 

(PCW) satellite mission. The feasibility study for 

this mission has shown two satellites system in 

Highly Elliptical Orbits (HEOs) would meet the 

mission requirements. Unfortunately, HEO is an 

orbit with harsh radiation environment. Satellite`s 

sensitive microelectronics must be protected using 

radiation shield. This study is focused on evaluating 

the radiation shielding effectiveness of polymer 

composites over traditionally used aluminum. The 

thickness and dispersion of the reinforcement and 

the resin layers of the composite have been found to 

significantly impact its shielding effectiveness 

 

 

1 Introduction 

  

The Canadian Space Agency (CSA), in conjunction 

with other government and industrial partners, has 

carried out a feasibility study for Polar 

Communications and Weather (PCW) satellite 

mission to provide essential communications and 

meteorological services to the Canadian Arctic in 

response to a long-recognized, but thus far 

unfulfilled, need.  This mission plans to achieve 

continuous coverage of Canadian northern region 

with two satellite constellation system in Highly 

Elliptical Orbit (HEO). Owing to high eccentricity 

of the orbit, HEO is most preferred for high latitudes 

region. Previous orbital analysis [1] has shown that 

above 60°N latitude, geosynchronous satellites 

provide less coverage of polar region while a 

constellation of several polar LEO satellites are not 

efficient for coverage of this region. Since radiation 

is strongly dependent on altitude and latitude, the 

trajectory of HEO makes a satellite in this orbit to 

interact with various regimes of radiation 

environment.  

 

 

CSA has identified three potential HEOs for this 

mission, namely Molniya, Modified Tundra and 

Triple Apogee (TAP).  While a Molniya orbit would 

provide an excellent imagery (due to its relatively 

low apogee altitude) and coverage of Canada’s 

Arctic regions, it also subjects the spacecraft bus and 

payload to high-concentrations of energetic trapped 

protons and electrons in the Van Allen Radiation 

Belts.  As such, recent publications [2, 3] in this area 

have favoured the TAP, citing a compromise 

between the superior imaging conditions of a 

Molniya orbit with the spacecraft longevity 

(associated with a lower radiation dose similar to a 

geo-synchronous (GEO) of the Modified Tundra 

orbit). Shielding for space microelectronics is 

expected to provide an acceptable dose limit with 

minimum shield mass [4, 5]. Hence, mass of shield 

required in these orbits poses a challenge for 

missions in these orbits.  

 

Traditionally, aluminum has been used for radiation 

protection. Depending on the mission altitude, 

inclination and the dose rating of the electronics, the 

thickness of aluminum necessary for shielding can 

substantially exceed that required for structural 

strength, resulting in significant weight penalties. 

Also, highly energetic radiation, such as those 

experienced in HEO, can also knock protons and 

neutrons out of the aluminum atoms’ nuclei, 

resulting in to disruption of the operation of the 

electronic systems [6]. Hence, the aluminum shields 

for HEOs are likely to be heavier than those used in 

LEOs and GEOs. Hence, this study is focused on 
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evaluating the suitability of composite materials 

with higher specific properties than Al for HEOs   

 

 

2 Simulation Details 

 

The intense radiation environment in HEOs is 

mainly due to Van Allen radiation belts (both proton 

and electron belts). In addition, solar particles and 

cosmic rays contribute to the total ionization dose 

(TID) accumulated by a material during the mission. 

These radiation environments were modeled using 

standardized models in European Space Agency 

(ESA) Space ENVironment Information System 

(SPENVIS) software [7, 8]. ‘Worst case’ radiation 

environments were modeled and the mission life was 

for fifteen years. 

 

The resulting fluencies serve as input for the 

calculation of TID using particle transport 

simulation code, ESA’s MULASSIS (Multilayered 

Shielding Simulation Software Tool – Monte Carlo 

based Geant4 code). A planar shielding geometry 

was defined and the TID deposited on a silicon 

detector behind the shield was determined. This TID 

for various materials are compared to evaluate their 

shielding efficiency.   

 

 

A recent study has shown that an improvement in 

radiation shielding effectiveness as well as reduction 

in shield weight can be achieved with replacement 

of the aluminum with polymer composites (low Z 

materials) in LEO and interplanetary missions [9,10 

11]. Therefore, as a first step in designing and 

developing composites for the identified mission, the 

radiation shielding effectiveness of a select class of 

materials was evaluated and compared with 

aluminum.  These include polymeric material such 

as polyethylene and epoxy and metals such as 

aluminum, tantalum and tungsten.  Since   

 

3 Results and Discussion  

 

Fig.2 shows representative results for predicted TID 

for aluminum in the three identified orbits. The TID 

varies inversely with the areal density of the shield 

(areal density divided by density yields shield 

thickness). Similar results were generated for other 

materials. Since the dose varies with areal density, 

relative ranking of the weight of shield would 

depend on the TID chosen for comparison. Hence 

the areal density required to achieve an arbitrary 

dose of 50 krad was extracted from these results and 

compared in Table 1 for different materials.     

 

Among the 5 materials studied, Ta would result in 

the lightest shield (0.49 g/cm
2
) if used in Modified 

Tundra Orbit. The next material to offer the lightest 

shield is W (0.68 g/cm
2
) in TAP orbit. Slightly 

behind is PE that offers the lightest shield (0.7 

g/cm
2
) in Molniya orbit. PE shields are lighter than 

Al shields in all three HEOs. 

 

 

Thus, Molniya orbit would satisfy both the mission 

and the shield weight requirements provided PE is 

used. Hence, the effect of introducing graphite fibers 

into PE, on its shielding effectiveness was studied. 

Five different lay-up configurations were studied. 

 

The first configuration is a two layer configuration 

of Gr/PE or PE/Gr with each layer having the same 

areal density of density 0.4 g/cm
2
. The TID results 

tabulated in Table 2 show that only PE/Gr would 

have a TID ≤ 50 krad. 

 

Since composites have to be symmetric, effect of 

dispersion of the material on TID was studied. In 

configuration two, the PE and Gr layers of 

configuration 1 was divided into 4 layers each with 

the same areal density of 0.1 g/cm
2
. This means, the 

thickness of one layer of PE would be different from 

the thickness of one layer of Gr. These eight layers 

were interdispersed in 4 different ways as shown in 

Table 3. It can be inferred that only one lay-up 

would have a TID ≤ 50 krad. Moreover, the TID 

recorded for this lay-up is more than the TID 

recorded for PE/Gr in Table 2 despite having the 

same total shield thickness.  

 

In configuration 3, the PE and Gr layers of 

configuration 1 were divided into four layers each. 

However, the thicknesses of all layers were kept 

constant unlike configuration 2. Hence, the areal 

density of each PE and Gr layer was different as 

shown in Table 4. For this configuration, three lay-

ups would have a TID ≤ 50 krad, despite having the 
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same total thickness as those of configurations 2 and 

3. 

 

In configuration 4, the PE and Gr layers of 

configuration 1 were divided into eight layers each 

with same areal density. However, the thickness 

each layer of PE and Gr were different as shown in 

Table 5. This is similar to configuration 2; but, the 

areal density of each layer is half of that in 

configuration 2. For this configuration, only one lay-

up would have a TID ≤ 50 krad, despite having the 

same total thickness as those of configurations 2, 3, 

and 4. It can also be observed that the TID if this 

lay-up is more than that of the lay-up of 

configuration 2. 

 

In configuration 5, PE and Gr were divided into 

eight layers similar to configuration 4. However, the 

PE and Gr layers had the same thickness. The areal 

density of PE and Gr were different as shown in 

Table 5. Three lay-ups had TID ≤ 50 krad as against 

one in configuration 4. Also, one lay-up of this 

configuration yielded the lowest TID despite having 

the same total thickness as other configurations. 

 

 

These results clearly demonstrate the effect of 

dispersion and thickness of layers on the TID of a 

composite shielding. This needs to be taken into 

account while designing a composite shield to meet 

the radiation requirements. 

 

 
4 Conclusions  

 

Radiation shielding efficiency of polymer 

composites was studied through simulation. The 

thickness and dispersion of the reinforcement and 

polymer matrix layers have been found to 

significantly influence the shielding efficiency of 

polymer composites.  
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Fig. 1: Schematic of the layered composite geometry used in radiation analysis with total composite areal density of 0.8 

g/cm
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Fig. 2: TID absorbed by the Si-detector as a function of areal density of Aluminum shield in the 3 orbits 
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Table 1: Required areal density to meet a TID of 50 Krad for five materials in 3 HEO orbits  

 

 

 

 

 
 

 

 

 

Orbit Shield Thickness (g/cm
2
) 

 Al PE Ta W Epoxy 

Molniya 0.90 0.70 1.30 1.22 0.94 

Modified Tundra 0.62 0.6 0.49 0.52 0.65 

TAP 1.10 0.98 0.76 0.68 1.02 
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Table 2: TID for PE/Gr shield configuration 1 in Molniya orbit for total areal density of 0.8 g/cm
2
 

 

Composition and Configuration 
Outer layer 

(g/cm
2
) Inner layer 

 g/cm
2
) 

TID 

(Rad) 

Gr/PE 0.4 0.4 6.53E+04 

PE/Gr 0.4 0.4 4.09E+04 

 

 
  

 

 

Table 3: TID for PE/ Graphite shield configuration 2 in Molniya orbit for a total areal density of 0.8 g/cm
2
 

Composition and 

Configuration 

PE Lamina  

AD(g/cm
2
) /Th(mm) 

Gr Lamina  

AD(g/cm
2
) /Th(mm) 

Total Dose in- Si 

(Rad) 

Gr/Gr/PE/PE/PE/PE/Gr/Gr 0.1/1.031 0.1/0.588 5.57E+04 

 
  

 
PE/PE/Gr/Gr/Gr/Gr/PE/PE 0.1/1.031 0.1/0.588 5.12E+04 

 
  

 
Gr/PE/Gr/PE/PE/Gr/PE/Gr 0.1/1.031 0.1/0.588 6.11E+04 

 
  

 
PE/Gr/PE/Gr/Gr/PE/Gr/PE 0.1/1.031 0.1/0.588 4.28E+04 
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Table 4: TID for PE/ Graphite configuration 3 in Molniya orbit for a constant total thickness of 6.608mm 

 

Composition and 

Configuration 

PE Lamina  

AD(g/cm
2
) /Th(mm) 

Gr Lamina  

AD(g/cm
2
) /Th(mm) 

Total Dose in- Si 

(Rad) 

Gr/Gr/PE/PE/PE/PE/Gr/Gr 0.078/0.826 0.140/0.826 
3.76E+04 

 
  

 
PE/PE/Gr/Gr/Gr/Gr/PE/PE 0.078/ 0.826 0.140/0.826 

3.69E+04 

 
  

 
Gr/PE/Gr/PE/PE/Gr/PE/Gr 0.078/0.826 0.140/0.826 

4.59E+04 

 
  

 
PE/Gr/PE/Gr/Gr/PE/Gr/PE 0.078/0.826 0.140/0.826 

7.31E+04 

 

 

 

 

 

 

 

 

 

 

 

Table 5: TID PE/ Graphite configuration 4 in Molniya orbit for a total areal density of 0.8 g/cm
2
 

 

 

 

 

 

 

 

 

Composition and Configuration 
PE Lamina  AD 

(g/cm
2
) /  

Th (mm) 

Gr Lamina  AD 

(g/cm
2
) /Th(mm) 

Total Dose 

in- Si 
(Rad) 

Gr/Gr/PE/PE/Gr/Gr/PE/PE/PE/PE/Gr/Gr/PE/PE/

Gr/Gr   
0.05/0.053 0.05/0.029 7.62E+04 

 
  

 
PE/PE/Gr/Gr/PE/PE/Gr/Gr/Gr/Gr/PE/PE/Gr/Gr/

PE/PE 
0.05/0.053 0.05/0.029 6.81E+04 

 
  

 
Gr/PE/Gr/PE/Gr/PE/Gr/PE/PE/Gr/PE/Gr/PE/Gr/

PE/Gr 
0.05/0.053 0.05/0.029 5.64E+04 

 
  

 
PE/Gr/PE/Gr/PE/Gr/PE/GR/Gr/PE/Gr/PE/Gr/PE

/GR/PE   
0.05/0.053 0.05/0.029 4.66E+04 
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Table 6: TID for PE/ Graphite configuration 5 in Molniya orbit for a constant total thickness of 6.608mm 

 

 

Composition and Configuration 
PE Lamina  AD 

(g/cm
2
) /  

Th (mm) 

Gr Lamina  AD 

(g/cm
2
) /Th(mm) 

Total Dose 

in- Si 
(Rad) 

Gr/Gr/PE/PE/Gr/Gr/PE/PE/PE/PE/Gr/Gr/PE/PE/

Gr/Gr   
0.04/0.413 0.07/0.413 5.18E+04 

 
  

 
PE/PE/Gr/Gr/PE/PE/Gr/Gr/Gr/Gr/PE/PE/Gr/Gr/

PE/PE 
0.04/0.413 0.07/0.413 4.30E+04 

 
  

 
Gr/PE/Gr/PE/Gr/PE/Gr/PE/PE/Gr/PE/Gr/PE/Gr/

PE/Gr 
0.04/0.413 0.07/0.413 4.24E+04 

 
  

 
PE/Gr/PE/Gr/PE/Gr/PE/GR/Gr/PE/Gr/PE/Gr/PE

/GR/PE   
0.04/0.413 0.07/0.413 3.88E+04 
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Abstract 
Economic considerations in terms of productivity and the optimal utilization of the properties of composite structures 

increasingly demand highly integrated structures. The associated rise in geometric complexity in conjunction with 

consistently high tolerance requirements, especially in the aerospace sector, face both the tool designer and the process 

engineer with the challenge to design the tool geometry as well as the manufacturing process in a way to achieve a 

deformation neutral component "first right". Finite element based simulation tools are more and more used to virtually 

process the part and analyze residual stress and deformation a priori. Detailed modeling of various thermo-chemical and 

physical phenomena requires correspondent high characterization effort. In the work at hand the results of a small number 

of characterization tests together with literature data and virtual testing were assembled in a basic material characterization 

and subsequently used for the simulation of a generic validation structure with the commercial software program Compro. 

A comparison between simulated and experimentally determined spring-in angle indicated a good applicability of the 

parameter set under standard processing conditions for the configuration of concern. 

 

1 Introduction  

Residual deformations arising out of the 

manufacturing process for structures made up of 

carbon fiber reinforced plastics (CFRP) present two 

challenges for the design engineer: deficient 

dimensional fidelity may compromise components 

function and/or rigging forces required to mount the 

component in the system exceed allowable limits. In 

the latter case rework of part features or even 

expensive tooling adaption and potential part 

rejection is a risk to be investigated thoroughly.  

Whether or not part geometrical deviations as-built 

present a problem is subject to the effect of 

component loss (cost) and tooling rework effort 

opposed to the uncertainty in a priori knowledge on 

projected deformations [1]. Besides the individual 

industrial experience on expected deformations for 

similar setups and the trial and error approach, tools 

to estimate residual deformations are available 

ranging from simple analytical approaches ([2], [3]) 

over intermediate phenomenological simulation [4] 

to detailed process modeling and simulation ([5], 

[6], [7]). Detailed methods aim to capture underlying 

physics via modeling the cure dependent thermal 

and mechanical response of the structure. In addition 

to estimating the residual stress and deformation 

they present a platform for virtual testing and boost 

understanding of the full manufacturing process. A 

drawback is the extensive materials characterization 

required to feed various property development 

models. 

Process induced deformations (PID) can be 

classified in three categories: material imbalance, 

stress gradients and strain anisotropy [8]. Examples 

for material imbalance are fiber volume fraction 

gradients or, in the most obvious case, asymmetric 

ply stacking sequences. For modern “no bleed” 

systems the effect of resulting material asymmetry 

due to resin bleed usually can be neglected and 

symmetric ply layups are general practice in 

industry. 

The relevance of the stress transfer from the 

tool to the part during the heat up phase of a typical 

autoclave cure is strongly dependent on process, 

setup and part geometry related boundary 

conditions. Detailed methods to capture the effect of 

tool part interaction require the calibration of an 

appropriate interface model to the particular setup 

([9], [10], [11]) and cannot be generalized. 

However, the distinct orthotropic nature of 

CFRP material with a high modulus and low 

straining during processing in fiber direction and a 
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low modulus combined with comparably high 

thermal and cure shrinkage strains in the fiber 

transverse direction leads to strain incompatibilities 

on different length scales. The effect of the 

incompatibility between in-plane and through-

thickness strains in curved part features is commonly 

known as “spring-in”. Anisotropic thermal and cure 

shrinkage strains are a major factor of influence on 

PID [7]. 

In order to account for the relevant drivers 

during processing in terms of strain anisotropy, 

thermo-chemical and mechanical properties of the 

constituents of the composite material are needed, 

namely the cure rate (cure kinetics), thermal 

conductivity and specific heat, phase transitions 

(gelation, glass transition), volumetric cure 

shrinkage and modulus development of the matrix, 

as well as thermal and mechanical properties of the 

fibers, which are reported to be relatively constant 

during processing [5], [6]. 

In the following, an approach is outlined to 

estimate the parameters for the essential elements in 

process simulation listed above based on a minimal 

set of dynamic scanning calorimetry (DSC) and 

rheometer tests.  

 

2 Characterization of Resin Property 

Development Models 

2.1 Thermo-chemical Properties, Transition 

between Morphological Phases 

In order to solve the heat conduction problem, 

(directional) heat conductivities, specific heat 

capacities and densities needs to be known for all 

materials within the manufacturing setup. Moreover 

the crosslinking reaction of the thermoset resin in 

terms of energy release as well as parameters 

describing the phase transitions need to be defined. 

2.1.1 Cure Kinetics  

Phenomenological or semi-empirical cure 

kinetics models describing the cure rate as a function 

of the current degree of cure, the temperature and 

additional variables to describe the diffusion 

controlled regime are commonly utilized to model 

the progress of cure (e.g. [8]). For all 

phenomenological models the heat flow into a resin 

sample is evaluated employing dynamic scanning 

calorimetry (DSC). The central assumption 

facilitating the evaluation the experimental data is 

that the instantaneous heat flow into the  

sample   equals the change in the degree of 

conversion   : 

 

 
(1) 

 

The total heat of reaction ∆Htotal has been 

determined as the integrated heat flow from dynamic 

DSC scans at a heating rate of 10 K/min with a value 

of 457.15 (J/g) for the resin system of concern, 

Hexcel M18/1 with a sample standard deviation of 

6.43 (J/g).  

Dynamical and isothermal runs are reported to 

be used for the model fit as the experimental data 

basis, e.g. [12]. Isothermal runs have been used here 

for the calibration of the kinetics model constants for 

several reasons: on the one hand cure cycles for 

autoclave cured high performance aerospace resins 

are designed such that gelation takes place during 

the second hold and therefore the most relevant 

fraction of curing with regard to residual stress build 

up due to cure shrinkage strains occurs at a constant 

temperature. For isothermal runs on the other hand 

diffusion control plays a distinctive role and needs to 

be taken into account ([6], [8]). 

For all DSC measurements, the lower value for 

the recommended sample mass of 5-20 mg 

according to ISO 11357 has been targeted to 

minimize sample thermal inertia and exotherm. 

Isothermal runs have been conducted with a 

maximum heating rate to equilibrate the temperature 

at a targeted value of 140°C, 160°C and 180°C. A 

horizontal baseline has been utilized to isolate the 

heat flow due to the crosslinking reaction (ISO 

11357). Corruptive dynamic effects in the heat flow 

at the start of the experiments have been discarded 

from the data for the model fit, but still the released 

enthalpy was taken into account as an individual 

additional component of the initial degree of cure for 

each data set. Fig. 1 shows this occurrence 

exemplarily on an isothermal run at 160°C. 

A MATLAB code has been generated to 

conduct a nonlinear regression analysis (Levenberg-

Marquardt algorithm) for a least-squares model fit 

based on isothermal DSC data. Seven most 

established cure kinetics models have been 

implemented and the fit is generated sequentially for 

totalH

H

dt

d






H
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all models, providing a summary on the individual 

model fits in a visual and numerical format. 

Available kinetics models are namely the 

autocatalytic and n
th
 order model, the autocatalytic 

n
th
 order model with and without modeling of the 

transition to the diffusion controlled regime,  the 

model of Lee, Chun and Lin [13] and the model of 

Hubert and Johnston [14], [6].  A linear temperature 

dependency has been added to the exponents for all 

models similar to the way it is reported in [8] for the 

autocatalytic model of n
th
 order. 

The amount of network formation in the 

prepreg material of concern in delivery state is 

unknown and has been taken into account via an 

initial degree of cure as suggested in [6]. A good fit 

of the model of Hubert and Johnston, called M7 

here, with experimental heat flow data, was found 

with an initial degree of cure of 0.05. Model 

prediction and experimental data are shown for the 

cure rate and the degree of cure progression in Fig. 2 

and Fig. 3 respectively. The model parameters for 

the cure kinetics model are listed in Table 1 where 

Tc represents the cure temperature. 

2.1.2 Gelation  

The cure state when an infinite molecular 

network is established has two important aspects 

within the work at hand: on the one hand it is an 

input parameter for the process simulation software 

package of choice [15]. On the other hand it is a 

point to be identified easily with rheological tests 

and therefore can serve as a measure for the 

calibration of experimental data. The statement, that 

the resin degree of cure at gelation is a material 

constant can be supported by the work of [16] and is 

implicitly presumed in [6] and [14]. For the 

determination of the degree of cure at gelation gel 

times have been extracted out of the manufacturer 

data sheet [17] and the degree of cure has been 

calculated for every temperature based on the cure 

kinetics model presented above (cf. Fig. 4). The 

mean value for the degree of cure at gelation has 

been determined at 40.76% conversion with a 

sample standard deviation of 0.67%. 

2.1.3 Glass Transition Temperature 

After gelation and prior to vitrification 

relaxation times of the visco-elastic solid increase 

dramatically: the mechanical behavior is more and 

more dominated by the elastic component and 

residual stresses build up due to the mismatch of 

thermal and cure shrinkage strains on micro level 

between fiber and matrix as well as on a macro scale 

between differently oriented plies generally referred 

to as the strain anisotropy [8]. The glass transition 

temperature describes the transition from a rubbery 

like to a glassy solid during a typical cure cycle for 

epoxy resins and is one of the most important 

parameters to describe the change in resin modulus 

([6], [7]).  

Usually the progression of the glass transition 

temperature with cure is quantified based on the Tg 

measurement for a series of neat resin samples at 

various degrees of cure which are fit to the  

Di Benedetto equation (e.g. [12]). This is not further 

elaborated here. Instead a virtual testing approach is 

proposed utilizing available data and a small set of 

dynamic DSC runs. 

The relatively simple model projected to 

capture the development of the resin modulus during 

cure (cf. chapter 2.2.3) requires a linear function for 

the variation of Tg with the degree of cure. A linear 

model has also been utilized as one of the simplest 

approximations of the true progression elsewhere 

[7]. Given a linear dependency it is sufficient to 

determine the glass transition temperature at two 

points: for instance in the as-received state and an 

additional point where reliable data is at hand. The 

glass transition temperature in the as-received state 

of the resin material is relatively consistent, with a 

mean value of 0.31°C and a sample standard 

deviation of 0.88°C based on 5 dynamic DSC runs 

where the inflection point has been used as Tg 

according to ISO 11357-2. 

For a standard cure cycle the glass transition 

temperature is given with a value of 196°C in the 

materials data sheet [17]. On a “0D” simulation 

conducted in Compro/Raven [15] based on the cure 

kinetics model described above and the 

manufacturer recommended cure cycle, the degree 

of cure at the end of the cycle is predicted to be 0.88. 

Taking into account the initial degree of cure 

defined for the cure kinetics model (chapter 2.1.1), 

the following variation of Tg with degree of cure was 

established: 

 
(2) 

where α is the degree of cure. 

 67.23547.11][ CTg
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2.1.4 Conductivities, Specific Heat, Density 

Conductivity and specific heat of the resin system 

Hexcel M18/1 were estimated based on the 

respective values for fully cured Hexcel 3501-6 and 

8552 (cf. Table 2). The mass density of the material 

of concern is given in [17] with a value of 1220 

(g/cm
3
) assumed to be valid for fully cured neat 

resin at room temperature. No dependency of 

relevant quantities on temperature or degree of cure 

was taken into account. Based on the sensitivity 

study presented in [6] the effect of the uncertainty 

concerning accurate resin conductivity, specific heat 

and mass density characterization on the results of 

the process simulation in terms of residual 

deformations is assumed to be low. 

 

2.2 Mechanical Properties  

2.2.1 Experimental Setup and Measured Quantities 

A rheometer (Anton Paar MCR 302) has been 

utilized to characterize resin properties during cure. 

The instrument was set up with a plate-plate 

specimen holder and operated in oscillation mode. 

The settings have been chosen according to the 

instrument’s manufacturer recommendations for 

epoxy resins with a frequency of 1.59 Hz and a 

maximum deformation of 0.07%. 

Resin film was applied to the specimen pan 

and heated in an oven at 75°C for 10 minutes. The 

rheometer was heated up to the test temperature for 

the isothermal runs, which has been defined as 

160°C and 180°C. The pan with the liquid resin was 

applied in the test fixture and the gap between the 

pan and the slide was automatically adjusted to 

1mm. After 3 minutes of temperature equilibration 

in the machine, the test program was started where 

the axial force was kept constant at nominal 0 N 

while in addition to the viscosity, storage and loss 

modulus readings also the gap distance was 

monitored. The latter was utilized to estimate the 

resin cure shrinkage evolution during cure. 

According to ASTM D 4473 the point of 

gelation can be determined precisely in identifying 

the situation when the loss factor tan(δ) equals 1, 

which means that the storage modulus G’ and the 

loss modulus G’’ are equal. Fig. 5 exemplarily 

shows the experimental data generated on a 180°C 

isothermal run. The loss factor passes through the 

value 1 after approximately 580 seconds. Shortly 

after that resin cure shrinkage starts to progress as 

the resin cannot replenish into the measurement gap 

anymore. Due to the high ratio between the diameter 

of the slide (25mm) and the gap width (1mm) the 

resin material in the gap is considered clamped in 

radial direction and the volumetric shrinkage is 

assumed to act completely in axial direction  [18]. 

2.2.2 Resin Cure Shrinkage 

Combining the degree of cure at gelation with 

the cure kinetics model for the isothermal cure, cure 

shrinkage (CS) and modulus progression can be 

projected on the degree of cure. The result for the 

cure shrinkage is shown in Fig. 6. A linear 

relationship between the volumetric cure shrinkage 

and the degree of cure is often employed ([7], [19]). 

When shifting the linear cure shrinkage model 

calibrated to the experimental data in order to 

comply with the initial degree of cure for the neat 

resin material (cf. chapter 2.1.1), a (theoretical) total 

volumetric cure shrinkage of approximately 8% is 

calculated for the resin system Hexcel M18/1. 

2.2.3 Modulus Development 

During a dynamic rheometer run also the 

complex shear modulus and its components storage 

and loss modulus are gauged. Reliability on absolute 

values of modulus readings on a rheometer are 

generally low as the measured torsion moment spans 

6 to 7 orders of magnitude and the rheometer as such 

is designed to reflect rheology appropriately, which 

implies the emphasis of accuracy for small loads. 

However not the absolute values of the modulus are 

of interest but solely the progression as a function of 

degree of cure and temperature in order to calibrate a 

simple modulus development model. The model  

which has been chosen is model 2 of the work of  

A. Johnston [6]: 
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(3) 

For a description of the model parameters see  

Table 3. One of the core assumptions in the 

approach to modeling the progression of the 

mechanical properties of the resin is a constant bulk 

modulus throughout processing [5]. Given the 

mechanical properties of the resin of concern in the 
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fully cured state, the knowledge of the initiation and 

completion of the development of the Young’s 

Modulus or the shear modulus in terms of state 

variables is sufficient for estimating the mechanical 

properties of the resin during cure. 

Fig. 7 shows the measured progression of G’ 

versus the degree of cure for two temperature levels 

tested. Degree of cure at vitrification has been 

calculated based on data presented above at 0.73 for 

an isothermal cure at 160°C and 0.81 at 180°C 

respectively. In addition to the modulus also the 

critical temperature T*, which represents the 

difference between the instantaneous glass transition 

temperature and the cure temperature, is plotted as a 

function of the degree of cure. A best-fit line has 

been generated for the relevant linear section of the 

G’ progression as indicated exemplary with a dashed 

line in Fig. 7. The value at the intersection with the 

x-axis is used as an approximation for the initiation 

of modulus development quantified with TC1
*
. The 

lower critical degree of cure has been determined to 

be approximately 0.65 for isothermal cure at 160°C 

and 0.71 for 180°C respectively. Out of this 

information the parameters for the variation of the 

lower critical temperature TC1
*
 with temperature 

have been determined. The upper critical 

temperature TC2
*
 where the full modulus is achieved 

needs to be constant within the model of choice. A 

value of TC2
*
 = -9K has been picked as it presents a 

good compromise on plateau accomplishment for 

the 180°C samples, which are regarded as more 

relevant for a 180°C curing resin system. The 

plateau value for the modulus after cure Er
∞  has 

been taken out of the manufacturer’s data sheet [17], 

and the initial resin modulus has been arbitrarily 

chosen to Er
∞ /1000. All relevant parameters 

describing the resin’s mechanical behavior during 

cure are depicted in table 3. 

2.2.4 Coefficient of Thermal Expansion 

Residual deformations due to the mismatch of 

thermal strains in the laminate during processing 

substantially contribute to the global distortion of a 

CFRP part after de-molding. The coefficient of 

thermal expansion (CTE) in the gelled state is 

reported to amount 2.5 times the value in the glassy 

state [7]. Based on this assumption and a CTE of the 

resin of 55 (µm/mK) in the fully cured state at room 

temperature [17], the progression of the matrix CTE 

during cure can be modeled with a transition from a 

value of 137.5 [µm/mK] to 55 [µm/mK] as the resin 

vitrifies during cure and changes from the gelled to 

the glassy state. The CTE progression with degree of 

cure is shown for a typical cure cycle in Fig. 8. 

 

3 Fiber Properties  

Fiber properties for the carbon type AS4C 

which are used in HexPly M18/1 are assumed to 

be equal to those of AS4. Thermal and mechanical 

properties of AS4 fibers can be found in [6] and 

[20]. Orthotropic expansion and heat conductivity 

coefficients as well as specific heat capacity for the 

fiber material have been used according to [6] as 

extensive experimental data is presented in the 

mentioned source generated for a similar prepreg 

system. 

Fiber transversely isotropic mechanical 

properties have been defined as constant over 

processing. As resulting ply properties calculated 

based on the micromechanics model [5] in 

conjunction with the resin modulus in fully cured 

state resulted in a better match with fiber mechanical 

properties based on [20], the latter source has been 

used. 

Table 4 summarizes fiber thermal and mechanical 

properties. 

 

4 Validation  

4.1 Experimental Spring-In Data  

L-shaped monolithic specimens with a 

symmetric layup and a 90° angle between the two 

flanges have been manufactured on an aluminum 

tool according to the aerospace specifications. The 

samples have a radius of 35mm, the flanges have a 

span wise length of 185mm and a width of 190mm. 

The layup consists of 16 plies and is a mixture of 

woven fabric reinforced M18/1 and unidirectional 

plies (Fig. 9). 

Prior to layup the tool has been coated with a 

spray release agent. Intermediate debulking during 

layup allowed to achieve a laminate quality similar 

to the serial production process. Thermo sensors 

were applied at the bottom and top surfaces of the 

laminate at the edges of the profiles for the lead/lag 

control of the research autoclave the samples were 

built in. 
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After curing and removing the part from the 

tool, the actual geometry has been determined using 

a coordinate measurement machine (CMM). A grid 

of circles to serve as indicators for the measurement 

points was projected on the part during cure as the 

negative of closed slots milled into the tool. Fig. 10 

shows the grid of measurement points as well as 

axial positions organizing respective CMM points in 

sections on a CAD representation of the sample. 

Only the effect of the strain anisotropy 

resulting in spring-in – referred to as “pure” spring- 

in here – is of interest for the validation of the 

material property development models. For this 

reason the spring-in at the transition between the 

radius and the flange has been evaluated. Spring-in 

angle has been calculated as the difference between 

the original angle and the angle between lines 

through points at the radius-flange transition and the 

adjacent measurement point.  It is understood that 

the effect of warpage due to tool part interaction at 

the radius in tangential direction is neglected 

assuming the spring-in value derived in the 

described manner as purely due to strain anisotropy. 

The values for the 5 positions in axial direction 

are shown in Fig. 11. Spring-in values have 

consistently a minimum at the mid position and a 

maximum at the edges in axial direction. This fact is 

attributed to the effect of tool part interaction and the 

stress transfer from the tool to the part during heat 

up in longitudinal direction. In order to minimize the 

effect only values at the mid position (position P3) 

are taken into account. The mean value at this 

location amounts 1.187° with a sample standard 

deviation of 0.047°. 

 

4.2 Compro2D Simulation  

All property development models introduced 

above have been incorporated in a material card for 

the commercial process simulation tool Compro 

[15]. Additionally, a FE description has been 

generated. Thermal boundary conditions have been 

chosen in a way, that on top and bottom of the 

laminate experimental thermo sensor readings and 

nodal temperatures are in reasonable agreement.  

Fig. 12 shows the simulated temperatures in 

comparison with the temperature signal of the 

thermocouple “TE7”. Due to the lack of the tool and 

the thermal mass associated with it, an artificial 

temperature overshoot is apparent. As the 

temperature difference between tool side and bag 

side is minimal no significant effect in terms of cure 

gradients is expected. 

The geometric boundary condition on the part 

imposed by the tool has been modeled as a sliding 

boundary condition at the tool side of the part so the 

part cannot penetrate the virtual tool. The results of 

the process simulation for the L-shaped angle show 

a residual spring-in of 1.156° after tool removal (cf. 

Fig. 13). This is in good agreement with the mean 

value of the “pure” spring-in isolated from 

experimental CMM data. 

 

5 Discussion 

Extensive materials characterization effort is 

necessary to parameterize various property 

development models utilizing detailed methods for 

the determination of process induced deformations. 

In the work at hand a basic materials 

characterization has been generated combining a 

minimal data set of DSC and rheometer runs, virtual 

testing and the utilization of relevant publically 

available information for the constituents of the 

prepreg material of concern.  A comparison of 

experimentally determined spring-in angle with the 

results of a Compro [15] simulation based on 

generated materials data for an L-shaped profile has 

been used as a validation of the approach. The 

difference between the simulated and measured 

value for the corner component of the spring-in is 

less than 3%.  

The property development models calibrated as 

part of the work have been shown to deliver good 

results for PID due to strain anisotropy for a 

relatively thin laminate cured with the standard cure 

cycle. Processing of aerospace grade materials 

underlies stringent specifications leading to a small 

process window. However the effect of uncertainty 

especially of the estimated Tg progression, which 

drives initiation of residual stress build up due to 

strain mismatch on lamina and laminate level, 

should be checked for deviations from the 

manufacturer recommended cure cycle (MRCC) in 

terms of heating rates and hold times. Single 

isothermal DSC runs have been utilized to 

parameterize the cure kinetics model of choice. 

Repetitions of the runs with additional temperature 

levels in conjunction with DSC runs of variations of 

the MRCC would present a basis to quantify the 
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uncertainty in the progression of the degree of cure 

and serve as a basis for subsequent evaluation of the 

effect on simulated deformations. Applicability of 

the property development models for the 

determination of warpage due to cure gradients 

relevant on thick parts and/or setups with low 

conductivity tooling materials should be tested. 

The initial resin modulus is driving the stress 

gradient due to tool part interaction (TPI) at low 

degrees of cure in the heat up phase of the cure cycle 

responsible for the concerning warpage component 

[21]. An interface model utilizing the resin modulus 

development model based on an arbitrarily chosen 

initial value could be calibrated to fit experimentally 

determined warpage measures. However the stress 

distribution in the laminate cannot be accurately 

captured. 

In general the results of process simulations 

using a detailed characterization of the material 

should be conducted for a range of processing 

conditions and opposed with the results based on the 

basic characterization and respective experimental 

data. In this way the range of applicability for the 

material characterization shown can be identified 

and serve as a basis to evaluate the trade-off between 

characterization effort, versatility and accuracy. 
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Fig. 1. Dynamic effects at the start of the reaction treated 

as a component of the initial degree of cure for the model 

fit 

 

 
Fig. 2. Experimental data and model fit for the isothermal 

cure rate at 140°C, 160°C and 180°C 

 

 
Fig. 3. Experimental data and model fit for the degree of 

cure during isothermal cure at 140°C, 160°C and 180°C 
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Fig. 4. Gel times [17] and corresponding degree of cure 

based on calibrated cure kinetics model 
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Fig. 5. Experimental modulus and cure shrinkage data for 

an isothermal rheometer run at 180°C 
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Fig. 6. Experimental cure shrinkage data projected on 

degree of cure progression after gelation and deducted 

linear model 
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Fig. 7. Progression of the storage modulus G’ and the 

critical temperature T* versus degree of cure for 

isothermal rheometer runs at 160°C and 180°C (sample 

indication “S1” to “S5”) 
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Fig. 8. Matrix CTE versus degree of cure after gelation 

for a typical cure cycle 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 9. Schematic of test specimen layup 
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Fig. 10. CAD representation of test sample with grid of 
CMM points and axial positions P1 to P5 
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Fig. 11. Mean values of measured spring-in corner 
component at axial measurement positions 
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Fig. 12. Applied cure cycle and simulated temperatures 
contrasted with temperature signal of thermocouple TE 7  
 

 
 
Fig. 13. Deformed plot out of Compro/Raven simulation 
of L-shaped specimen, deformation scale factor: 5 
 
 
 
 

Table 1. Parameters of calibrated cure kinetics model 
A E m n C αCT αC0 

 (1/s) (J/mol) (-) (-) (-) (1/K) (-) 
                

Cure kinetics 
model “M7” 
([14],[6]) 
 

 

4.512E+04 5.943E+04 1.261 2.39 35.65 3.739E-3 -0.891 
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Table 2. Conductivities and specific heat for selected 

Hexcel materials in fully cured state 
 Hexcel 3501-6  

[14] 
Hexcel 8552  

[14] 
Hexcel M18/1  

(assumed) 

Conductivity 
(W/mK)  

0.167 0.128 0.150 

Specific Heat 
(J/kgK)  

1260 1025 1100 

 

 
 
 
 
 
 
 
 
 
 

TE7 at bottom 
of laminate 

 

P 1 

P 2 

P 3 

P 4 

P 5 

88.85° 
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Table 3. Parameters of resin modulus development model 
Description Source Quantity Unit Value 
Young’s modulus at low 

degrees of cure 

Assumed Er
0
 (Pa) 4.210

6
 

Young’s modulus for fully 

cured resin 

[17] Er
∞
 (Pa) 4.210

9
 

Poisson’s ratio for fully 

cured resin 

[17] νr
∞
 (-) 0.40 

Lower critical value for T
*
,  

160°C isothermal cure 

TC1
*
 @ α=0.646  (K) -19.25 

Lower critical value for T
*
,  

180°C isothermal cure 

TC1
*
 @ α =0.706  (K) -25.11 

Lower critical value for T
*
  Linear fit for TC1

*
160°C 

and TC1
*
180°C 

TC1a
*
 (K) 107.57 

Variation of lower critical 

value with increase in 

temperature 

TC1b
*
 (-) -0.293 

Upper critical value for T
*
  TC2

*
 (K) -9 

Glass transition 

temperature of uncured 

resin 

Measured and 

calibrated according to 

initial degree of cure α0 

Tg0 (K) 261.53 

Variation of glass transition 

temperature with degree of 

cure 

Calibrated to fit data 

sheet value for standard 

curing (196°C, [18]) 

aTg (K) 235.67 

Reference temperature Set to ambient T0 (°C) 20 

Secondary modulus 

variation with temperature 

Assumed aEr (1/K) 0 

 

 
 

Table 4. Gathered fiber property data 
Description Source Quantity Unit Value 

Young's modulus, longitudinal 

direction 

[20] E1F (GPa) 227 

Young's modulus, transverse 

direction 

[20] E2F (GPa) 17.25 

Shear modulus, 

longitudinal/transverse plain 

[20] G12F (GPa) 13.8 

Shear modulus, transverse/transverse 

plain 

[20] G23F (GPa) 6.9 

Poisson ratio, longitudinal/transverse 

plain 

[20] ν12F (-) 0.2 

Poisson ratio, transverse/transverse 

plain 

[20] ν23F (-) 0.25 

CTE, longitudinal direction [6] α1F (µm/mK) 0.03 

CTE, transverse direction [6] α2F (µm/mK) 7.2 

Density [20] F (kg/m
3
) 1790 

Heat conductivity, longitudinal 

direction, at T=0°C 

[6] k2F,0 (W/mK) 7.69 

Variation of heat conductivity in 

longitudinal direction with 

temperature 

[6] k2F,T (W/mK°C) 1.5610
-2

 

Heat conductivity, transverse 

direction, at T=0°C 

[6] k2F,0 (W/mK) 2.40 

Variation of heat conductivity in 

transverse direction with 

temperature 

[6] k2F,T (W/mK°C) 5.0710
-2

 

Specific heat capacity at T=0°C [6] CPF,0 (J/kgK) 750 

Variation of specific heat capacity 

with temperature 

[6] CPF,T (J/kgK°C) 2.05 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  
As the composite industry grows, the use of thick 
parts and pieces of complex shape is increasingly in 
demand notably for structural applications requiring 
larger cross-sections to respond to mechanical 
stresses. The curing of thick parts remains a 
challenge because of their low thermal conductivity 
and the high heat of reaction generated during the 
cross-linking polymerization. This combination of 
low conductivity and high heat sources in the part 
can induce large temperature gradients and thus 
generate residual stresses and possible polymer 
degradation. Internal stresses can generate defects in 
the part affecting its mechanical performance and 
inducing geometrical distortions. The resin cure and 
the chemical shrinkage have to be characterized in 
order to predict the geometrical variations of the part 
during processing and use. For this, several 
techniques have been developed in the past, 
implying notably the coupled used of different 
equipment. Recently, a novel in-situ technique has 
been developed [1-3] which allows simultaneous 
characterization of resin cure as well as dimensional 
and rheological change during polymerization. This 
innovative technique presents the great advantage of 
reducing the sources of error such as the time lag or 
difference in sample size by the use of a single 
device. These measures are performed with a 
thermal flux cell combined with a Dynamical 
Mechanical thermal Analyzer (DMA). 
 
The design of the novel thermal cell enables direct 
injection of the liquid resin into a closed cavity. The 
temperature control is ensured by the thermal 
enclosure of the DMA. The resin is contained in a 
mold where the upper and lower surfaces act as heat 

flux sensors. Changes in temperature and thermal 
flux are directly monitored as well as the dynamical 
displacement and the stiffness during the curing 
process.  
 
First tests carried out on a Di-Glycidyl Ether of 
Bisphenol A (DGEBA) epoxy –anhydride cured 
resin system were very promising [1,2]. The heat of 
reaction measured was very close to DSC 
measurements. Moreover shrinkage and stiffness 
showed consistent results. This new measurement 
technique opened a new window for process 
optimization leading to better understanding of 
combined phenomena that take place during 
polymerization process. The purpose of this study is 
to extend this approach to different resin systems 
and prepregs in order to demonstrate its capabilities. 
 

2 Experimental 

2.1 Thermal flux cell method  

The thermal shrinkage and mechanical 
measurements were carried out with the new thermal 
cell HFC-200 installed in a DMA 450+ from 01dB 
Metravib. The thermal cell (see Figure 1) possesses 
area heat flux sensors specially designed by 
Thermoflux located beneath each side of the sample. 
The temperature control is ensured by the thermal 
enclosure of the DMA instrument. A Teflon ring 
covers the two plates to provide insulation of the 
sample to its surrounding to minimize side thermal 
effects. The heat flux and temperature are monitored 
by these flux sensors. The sample shrinkage and 
stiffness are respectively measured by the static 
displacement and dynamic response of the DMA. 
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2.2 Material and experimental set up 

In this work, several resin systems are studied as 
well as prepregs. For tests on liquid resin, the 
material is directly injected into the closed cavity 
whereas for prepregs it is insertion between the 
upper and lower plates. For tests on liquid resins, the 
temperature is stabilized in the thermal enclosure 
before the material injection into the sample holder. 
For tests on prepregs, the temperature stabilization is 
done with the sample already in place at room 
temperature. Then the temperature is raised at a rate 
between 0.5 to 3°C/min to the isothermal plateau, in 
order to simulate the autoclave curing. The DMA is 
activated applying a dynamic force to the sample 
with a low displacement. 
 

a)  

 
b) 
 

Fig.1. Novel thermo-mechanical cell scheme and 
working principle 

 
For comparison purpose, differential scanning 
calorimetry experiments were conducted using TA 
Instruments DSC Q2000 under similar conditions as 

the DMA tests. Heat of reaction was calculated from 
the total heat flow curve. Gel point determination 
was also carried out using Anton-Paar MCR501 
rheometer. Experiments were run under Small 
Amplitude Oscillatory Shear (SAOS) at strain and 
frequency in the linear viscoelastic (LVE) region. 

3 Results and discussion  

On each system studied, and particularly for liquid 
resins given the high isothermal temperatures, 
optimization of testing parameters is necessary. This 
optimization takes into account the thermal effect 
due to sample mass and the dynamic signal of the 
DMA as well. For liquid resin, a sample mass of 1 g 
was fixed based on these analyses which 
corresponds to the volume of a cylindrical sample of 
20 mm diameter and 2 mm thick. For prepregs, pre-
compaction of the layers is necessary in order to 
ensure good contact with the upper plate along the 
polymerization reaction. 
 

 
Fig. 2. Sample heat flux measured during isothermal 
cure of DGEBA-anhydride resin at 120°C with the 

DMA HFC200 cell. 
 
Figure 2 shows an example of the evolution of the 
heat flux generated by the cross linking reaction of a 
DGEBA-anhydride resin at 120°C in the DMA. The 
sudden drop of heat at the beginning of the curve (i.e. 
values below zero) is due to the thermal shock 
created by the injection of the liquid resin at room 
temperature. During cross-linking, the two heat 
sensors record a positive change of the heat flux 
with a maximum peak reached around 300 seconds. 
The polymerization is completed after 1000 seconds 
as illustrated by the ending plateau. In order to get 
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comparative basis between the samples, the 
measured heat flux is divided by the sample mass. 
 
The heat of reaction during the polymer curing is 
determined from the measurement of heat flux by 
the heat flux sensors which are in close contact with 
the sample. The reaction rate is assumed to be a 
unique function of the degree of conversion α and 
temperature T, neglecting the diffusion of chemical 
species: 
 

𝑑𝛼
𝑑𝑡

= 𝑓(𝑇,𝛼) and α = ∫ 𝑑𝛼
𝑑𝑡

𝑡
0 ∙ 𝑑𝑡    (1) 

 
In this novel characterization cell, the heat flow was 
measured with the heat flux sensors in close contact 
with the sample. The heat of reaction was computed 
as the total heat flow measured at the upper and 
lower plate of the cell. In previous work on 
DGEBA-anhydride resin [1, 2], an average heat of 
reaction of 337 J/g was measured with the DMA 
resulting of 40 experiments. This value was very 
similar as DSC’s value of 321 J/g. Figure 3 shows 
the evolution of the resin heat of reaction during 
cure at 120°C. This heat of reaction was obtained by 
integration of curves in Figure 2 following equation 
(1). A nearly full cure is obtained after 600 seconds 
although some heat still released until 1000 seconds.  
 

 
Fig. 3. Evolution of the heat of reaction with time 

during isothermal cure of DGEBA-anhydride resin 
at 120°C with the DMA HFC200 cell. 

 
Figure 4 shows the thermal history and cure 
evolution during an isothermal test on the DMA cell. 
Initially, the cell is kept isothermal at 120°C. The 
resin is then injected at room temperature at 0 
seconds, which is denoted by a drop of 1°C in the 

temperature of the cell. The temperature of the 
system then increases due to the exothermic reaction 
of the resin. At 300 seconds, the reaction of the resin 
is enough to release sufficient heat to increase the 
temperature locally up to 124°C. At the exothermic 
peak, the resin undergoes a degree of cure of 70%, 
meaning that gelation has already occurred prior to 
300 seconds. A full cure is observed after 1000 
seconds.  
 

 
Fig. 4. Thermal history and cure evolution during 

isothermal test at 120°C. 
 
Figure 5 illustrates the evolution of degree of cure 
with time using both DMA cell and DSC methods. 
The degree of cure evaluated with the DSC 
technique (full line) arises before the DMA. There is 
a time shift as illustrated in Figure 5. This time shift 
is not negligible and should therefore be 
compensated in the case of coupling measurements 
from different devices [4]. 
 
In Figure 5, the DMA and DSC curves show a 
similar slope during most of the curing process. It is 
known that during isothermal cure experiments, 
variability may occur because of the temperature 
instabilities [5] and large difference in sample mass 
between these two devices. Given that the sample 
mass is three orders of magnitude larger for the 
DMA test (1 g) than the DSC (8 mg), temperature 
gradients are expected to be a source of cure 
differences. As the cure reaction progresses, the 
resin becomes more solid reducing the mobility of 
the polymer chains. After 90% cure, the 
polymerization is mainly controlled by diffusion. At 
this point, the differences in sample mass between 
DSC and DMA will have an important impact on the 
cure process. This effect can be seen in Figure 2 by 
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the differences in slopes near the plateau at the end 
of cure. 
 

 
Fig. 5 Comparison between degree of cure measured 
with DSC and the DMA HFC200 cell for DGEBA-

anhydride resin. 
 
The upper plate of the DMA cell oscillates at 
amplitude of 20 microns and frequency of 10 Hz. 
The instrument applies a controlled force to induce 
such oscillation to the resin sample. As the liquid 
resin undergoes polymerization, the dynamic force 
required to apply a constant amplitude oscillation 
will increase from gelation to full cure. Then, 
knowing the variation on dynamic force, the change 
in mechanical properties of the resin can be followed 
during polymerization. On the other hand, when the 
resin shrinks during cure, the instrument adjusts the 
position of the upper plate so that it is in continuous 
contact with the sample (see Figure 1). Measuring 
the static position of the upper plate is then a direct 
evaluation of the volume changes occurred during 
resin polymerization. 

 
Figure 6a illustrates the evolution of sample stiffness 
during resin cure on the DMA cell. At the early 
beginning of the test, the liquid resin has no 
dynamical mechanical properties and a stiffness of 
10 N/m is measured by the DMA cell. This small 
stiffness is due to the moving liquid under dynamic 
compaction. The stiffness slowly increases linearly 
the first 200 seconds up to 50 N/m corresponding to 
20% of cure. At this stage the polymer chains start to 
form an inter-connected tridimensional network 
resulting in a quick increment of mechanical 
properties shown by sudden change to a steeper 
slope in stiffness. 

 

a)  

b)  
 

Fig. 6 Evolution of stiffness and rheology during 
isothermal cure of DGEBA-anhydride resin at 

120°C: a) evolution of stiffness and Tan delta during 
DMA experiment b) evolution of complex viscosity 

and modulus during rheology SAOS experiment 
(1% strain amplitude, 50 rad/s frequency). 

 
Figure 6a also shows the evolution of Tan δ which is 
the ratio between the storage and loss modulus of the 
dynamic stiffness. It can be seen that a maximum of 
Tan δ is observed at 230 seconds, representing a 
maximum of the dissipating energy in the sample. 
The peak in Tan δ can be associated to the initiation 
of resin gelation [6] and the time value from DMA 
test is quite close to the gel time of 245 seconds 
from rheology data as illustrated in Figure 6b, 
considering the point that the instruments principle 
is quite different and cannot be compared on an 
absolute basis. This time of 245 seconds corresponds 
to the cross-over of the storage (G’) and loss 
modulus (G’’) and at this point the complex 
viscosity (η*) starts to increase to infinity. Rheology 
gel point determination was verified for different 
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frequencies from 5 to 100 rad/s and the gel time was 
found to be independent to frequency [7, 8]. The 
difference of 15 seconds in the gel point detection 
between DMA and rheology can be associated to the 
difference in the measurement principle and sample 
mass inertia. As illustrated in Figure 3a, at gel, the 
material changes from a liquid-like to a gel-like state 
and since it is no longer flowing, it reveals a pseudo-
elastic behavior similar as a solid when compacted. 
The sample’s mechanical properties grow 
logarithmically from this gelation point until 
reaching a plateau of 107 N/m at the end of cure. 
 
In a previous work, Ruiz and Trochu [4, 9] have 
model this nonlinear behavior with a log-log 
function of degree of cure. They have shown that the 
evolution of mechanical properties starts just after 
gelation and increases, following a logarithmic 
function, until the sample is fully cured. This 
nonlinear function of cure is assumed to be related to 
the increment of glass transition temperature (Tg) 
from the monomer to the polymer. The increment of 
Tg is a power law function of cure as described by 
Di Benedetto equation [10]. In this study, a new 
model is proposed to predict the evolution of 
mechanical properties with degree of cure as 
presented in equation (2). 
 

log𝐾
log𝛼

≅ B and log𝐾 = B ��1−𝛼𝑔𝑒𝑙�logα+1
�1−𝛼𝑔𝑒𝑙�

� (2) 

 
where K is the stiffness of the sample, α the degree 
of cure, B a fitting constant obtained from the 
experimental results and αgel is the degree of cure at 
gelation (ie. peak of Tan δ in Figure 6a). The first 
equation on the left represents the general trend by a 
log-log function, while the equation on the right is 
the particular model proposed for the epoxy-
anhydride resin been studied. The parameters of this 
model are reported in Table 1.  
 

Table 1. Parameters of proposed models to predict 
stiffness and resin shrinkage 

Stiffness model 
Equation (2) 

Shrinkage model 
Equation (7) 

B  11.225 C 5.050 
αgel  0.332 αc 0.535 

 

 
Fig. 7. Stiffness as a function of degree of cure and 

proposed model. Isothermal cure at 120°C of 
DGEBA-anhydride resin for various samples. 

 
Figure 7 illustrates the evolution of stiffness during 
polymerization for series of tests with DMA carried 
out at different amplitudes and frequencies. Stiffness 
found to be nonlinear from the same degree of cure 
of 33% which corresponds to the gelation point. 
Although there are differences in stiffness before 
gelation, the data overlapped after gelation. This 
nonlinear relation was also reported by previous 
studies of Ruiz et al. [4, 9] for polyester resins and 
more recently Abou Msallem et al. [11] for epoxy 
resins. These approaches take into account the 
transition from viscoelastic to elastic behaviour and 
the glass transition temperature as well. 
 
Along the polymerization, the upper plate of the 
sample-holder dynamically stimulates the resin with 
strain amplitude of 20 microns and frequency of 10 
Hz. The position of the sample holder z(t) is defined 
as the average value of the oscillation and a 
controller ensures that the dynamic displacement 
around this value is maintained at constant 
predefined amplitude. The variation in time of linear 
change of the polymer Lch(t) can then be defined as 
follows: 
 

𝐿𝑐ℎ(𝑡) = 𝑧(𝑡)−𝑧𝑖𝑛𝑖𝑡
𝑡ℎ𝑖𝑛𝑖𝑡

  (3) 
 
where zinit is the initial position of the upper plate of 
the sample holder (see Figure 1), z(t) is the varying 
position in time of the upper plate, and thinit is the 
initial thickness of the liquid sample. 
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Previous experimental studies have been conducted 
by several researchers relating the volumetric 
changes that occur during thermoset processing. Hill 
et al. [12] proposed that the overall volumetric 
changes of a thermoset resin during cure can be 
considered as a combination between thermal 
expansion/contraction and polymerization shrinkage 
as follows: 

 
� 1
𝑉0

𝑑𝑉
𝑑𝑡
�
𝑜𝑣𝑒𝑟𝑎𝑙𝑙

=  � 1
𝑉0

𝑑𝑉
𝑑𝑡
� 𝑇ℎ𝑒𝑟𝑚𝑎𝑙
𝑐𝑜𝑛𝑡𝑟𝑖𝑏𝑢𝑡𝑖𝑜𝑛

−

� 1
𝑉0

𝑑𝑉
𝑑𝑡
�𝑃𝑜𝑙𝑦𝑚𝑒𝑟𝑖𝑧𝑎𝑡𝑖𝑜𝑛

𝑠ℎ𝑟𝑖𝑛𝑘𝑎𝑔𝑒

    (4) 

 
where the first term on the right-hand of equation (4) 
represents the bulk thermal expansion and 
contraction contribution and is expressed as follows: 

 
� 1
𝑉0

𝑑𝑉
𝑑𝑡
� 𝑇ℎ𝑒𝑟𝑚𝑎𝑙
𝑐𝑜𝑛𝑡𝑟𝑖𝑏𝑢𝑡𝑖𝑜𝑛

= 𝐶𝑇𝐸 𝑑𝑇
𝑑𝑡

= �𝐶𝑇𝐸𝑚(1− 𝛼) +

𝐶𝑇𝐸𝑝𝛼�
𝑑𝑇
𝑑𝑡

     (5) 
 

where CTE is the coefficient of volumetric thermal 
expansion with m and p suffixes referring to the 
monomer and polymer states [12].  
 
In this study, for liquid resin systems only, since 
tests were carried out under isothermal conditions, 
the volume changes due to thermal expansion were 
neglected to simplify. The second term of equation 
(5) represents the shrinkage associated to the 
chemical cure reaction. This latter was expressed by 
a simple linear relation between the shrinkage and 
the conversion and is assumed to be proportional to 
the reaction rate: 
 

� 1
𝑉0

𝑑𝑉
𝑑𝑡
�𝑃𝑜𝑙𝑦𝑚𝑒𝑟𝑖𝑧𝑎𝑡𝑖𝑜𝑛

𝑠ℎ𝑟𝑖𝑛𝑘𝑎𝑔𝑒

= 𝐶 𝑑𝛼
𝑑𝑡

 (6) 

 
where C is a constant determined from the 
experimental results. 
 
However for prepregs, given the temperature ramp 
at the beginning of the tests, thermal contribution 
will have to be considered. Thermal phenomena 
related to prepregs will be detailed latter. 
 

In this work, dimensional change was measured by 
the static displacement of the upper plate of the 
DMA cell during sample cure. For DGEBA-
anhydride resin, illustrated in Figure 8, shrinkage is 
noticeable from 280 seconds, where the minimum 
stiffness of 100 N/m is reached. At this moment, the 
sample has already gellified and is seen to have 
noticeable shrinkage. It can be noticed that a delay 
appears between the gelation and the detection of 
mechanical properties and the beginning of the 
shrinkage at 280 seconds. This time difference is 
associated with the stage of the material between the 
beginning of gelation at 33% of cure and the 
rubbery-like material at 54% of cure when shrinkage 
is noticeable. 
 
During cure, the exothermic chemical reaction 
increases the sample temperature from 1 to 4°C (see 
Figure 4). As a consequence, the sample will expand 
and compensate shrinkage. The thermal expansion 
of liquid polymers is in the order of 35 x 10-5 
m/m/°C [4]. For a 5°C increment, the expansion of 
the sample would be below 0.2%. This quantity is 
much lower than the polymer shrinkage varying 
from 3 to 10% [14], thermal gradients can then be 
neglected on this study. 
 

 
Fig. 8. Evolution of resin shrinkage with time during 
isothermal cure at 120°C of DGEBA-ahydride resin. 
 
Figure 9 shows the measured shrinkage as a function 
of degree of cure. The beginning of shrinkage is 
observed at 54% of cure. From this polymerization 
degree, the linear shrinkage increases proportionally 
until nearly full cure. This behaviour is consistent 
with previous observations on thermoset resins [4, 
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12-16] and can be modelled by the following 
equation: 
 

𝑙 = 𝐶(𝛼 − 𝛼𝑐)   (7) 
 
where l is the linear shrinkage, α the degree of cure 
at beginning of shrinkage and a αc is a constant 
determined from the experimental results. 
 

 
Fig. 9. Resin shrinkage as function of degree of cure 
and proposed model during isothermal cure at 120°C 

of DGEBA-anhydride resin. 
 

The value of these model parameters for the epoxy-
anhydride resin is reported in Table 1. This linear 
shrinkage behavior is observed until the 
polymerization reaches a DoC of 90%. At this point 
the cure reaction is controlled by thermal diffusivity 
and the deviation of the experimental points from 
the linear behavior can be associated to the non-
negligible sample mass. Similar observations were 
reported in the past for a similar aeronautical epoxy 
resin [14]. However, no much explanation of this 
phenomenon is given. The maximum shrinkage 
attainable by the resin studied in this work is around 
3 % which is in the usual range of epoxies. 
 
Figure 10 illustrates the evolution of heat flux during 
the cure of a carbon-epoxy prepreg for tests carried 
out at different dynamic amplitudes of 10 and 20 
microns but same frequency of 10 Hz. Each sample 
consists into 10 plies of prepreg aligned in same 
direction. Pre-compaction was done in order to 
ensure homogeneous thickness of around 2 mm 
along the sample disk. Layers were stamped in disk 
of 25 mm diameter using cutting press. 
 

 
Fig. 10. Heat flux measured during cure of carbon-

epoxy prepreg resin (ramp 1.5°C/min to 177°C, 
isothermal 3h) with the DMA HFC200 cell. 

 
Pre-compaction is necessary before testing in order 
to avoid delamination during the thermal process 
and keep the contact between the upper sensor of the 
DMA HFC200 cell and the sample during dynamic 
stimulation. 
 
Sample is placed into the DMA before the beginning 
of the test. The first plateau at 25°C illustrated on 
Figure 10 corresponds to the stabilization period of 1 
hour required for the dynamic response being 
homogeneous with the signal. This stabilization 
period is not illustrated for tests on liquid resin since 
it happens prior to resin injection. Thereafter, heat 
flux starts to increase following the heating rate of 
1.5°C/min until the temperature reaches the set point 
of 177°C. The maximum exothermic peak is 
attainable when this temperature is reached. The 
polymerization undergoes and ends around 225 
minutes, which corresponds to an exothermic 
maintain of about 1 hour. The heat flow curve 
behavior shows similar results whatever the dynamic 
amplitude is. 
 
Figure 11 shows the dimensional change that 
happens during cure of the carbon-epoxy prepreg. 
This is calculated using equation (3). During the 
heating ramp, there is an increase of the sample 
thickness that can be associated to the thermal 
expansion. This increase is linear and follows the 
curing rate. Chemical shrinkage starts being visible 
around 175 minutes, which corresponds to the 
maximum of the exothermic peak. At this point, 
there is a thermal stabilization and chemical 
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shrinkage becomes predominant and reaches a 
plateau value around 300 minutes. The final 
dimensional change is around 1.7% with a part 
associated directly to chemical shrinkage of 0.50%. 
This value is quite similar to literature for 
unidirectional carbon-epoxy [17, 18]. 
 

 
Fig. 11. Dimensional change measured during cure 
of carbon-epoxy prepreg (ramp 1.5°C/min to 177°C, 
isothermal 3h). 
 

4 Conclusion  

A novel in-situ method allowing combined 
measurement of dimensional changes and 
mechanical properties during cure was presented in 
this work. These measurements were carried out in a 
single device called a thermal flux cell combined 
with a DMA. Tests were performed on both liquid 
resin and prepreg, demonstrating the flexibility of 
the heat flux device. Sample is contained into a mold 
where its base and cover include heat flux sensors. 
This allows the monitoring of changes in 
temperature and thermal flux as well as the 
dynamical displacement and stiffness during cure. 
 
An epoxy DGEBA resin was used in this work first 
to demonstrate the capability of this new approach. 
Different vibration frequencies and amplitude were 
used in order to optimize results as well as the 
quantity of resin. Optimum results were found for a 
mass of 1g and application of 10 Hz frequency and 
20 microns dynamical amplitude. The heat of 
reaction was found to be 337 J/g which is very close 
to the DSC value of 326 J/g. The averaged chemical 
linear shrinkage of the cured resin was of 3% and its 
stiffness reached a plateau of 107 N/m at the end of 

cure. The evolution of stiffness with the degree of 
cure was found to be nonlinear from the gelation 
point of 33%. The time corresponding to gelation 
was confirmed using rheological method. The 
evolution of shrinkage with degree of cure was 
found to be linear from 54% cure up to 90% where 
the reaction starts being mostly controlled by 
diffusion. 
 
Phenomenological models were also proposed to 
describe the shrinkage and stiffness behaviour as a 
function of degree of cure. The shrinkage of the 
epoxy resin was modeled using a linear function of 
degree of cure. However, the initial cure at which 
shrinkage is noticeable was found to be higher than 
gelation point. The stiffness evolution was modeled 
using a log-log function that describes the increment 
of the dynamic mechanical properties with degree of 
cure. The proposed model and experimental data are 
in line with chemo and thermo-mechanical models 
found in the literature. 
 
Analyses were also performed on carbon-epoxy 
prepreg with 10 Hz frequency and 10 and 20 
microns dynamical amplitude. Sample consisting 
into 10 plies aligned and pre-compacted is 
introduced into the heat flux cell device at room 
temperature. The testing procedure follows the 
autoclave process starting with a ramp of 1.5°C/min 
and stabilization at 177°C. The heat flow follows the 
heating ramp and the thermal expansion as well. The 
chemical shrinkage is visible when there is no longer 
thermal effect due to expansion and its final value is 
around 0.50%. 
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1 Introduction
Emerging graphene-based structures hold the per-
haps highest transformative potential for the com-
posites’ landscape, with worldwide research devel-
oping a myriad of novel electronic, structural and
coating applications [1]. Hence, simulating the
electro-mechanical response of nano-structures is
important for a rapidly increasing range of areas.

Continuous progress in nano-synthesis capa-
bilities quickly led to first graphene-based nano-
electro-mechanical systems [2], with dimensions
from the nano- to the micrometre range. Ongoing
efforts have, as recently as May 2013, resulted in
the manufacturing of intricate 3D graphene-based
nano-structures, such as C60 fullerene intercalated
graphite [3]. The latter is a prerequisite of a 2013
US patent publication [4] for synthesising carbon
nanotube Pillared Graphene Structures (PGS).
Calculations predict these PGS to have outstand-
ing mechanical properties, but in three directions
simultaneously (e.g. moduli of 0.9TPa [5]). In ad-
dition, Lithium-doped PGS are expected to have
unique hydrogen storage capacities above 6 wt%,
at ambient conditions [6], due to charge-induced
dipoles in the H2 by the alkali metal. Hence, PGS
potentially represent the first, commercially viable
material to meet the US Department of Energy’s
requirements for H2-fuelled, mobile applications
(e.g. cars, phones, laptops).

At larger, centimetre scales, recent structures
such as Aerographite [7], based on micrometre-
sized constituent features (i.e. graphene, carbon
nanotubes), are among the lightest structural ma-
terials to date. At 180 g/m3, Aerographite has un-
rivalled specific tensile stiffness and strength of
2.57× 106 and 1.71× 105 Pa/(kg m-3)3, while fully
recovering from up to 95% compressive strain [7].

Concurrently, recent progress in scalable man-
ufacturing and quantification processes permits
controlled mass production of graphene structures.
Large Chemical-Vapour-Deposition (CVD) poly-
crystalline graphene, currently possible at the me-
tre scale, was recently shown to have elastic prop-
erties identical to pristine graphene [8], paving the
way for large-scale TPa-stiffness 2D reinforcements
of composite materials (possibly 3D with PGS),
as opposed to current 1D GPa-fibre based tech-
nology. Techniques for the real-time monitoring
of CVD graphene growth [9] and non-destructive
rapid evaluation of graphene [10] are available.

This increased ability to precisely synthesise
nano-electro-mechanical-systems of varying archi-
tectures, and dimensions up to and well beyond
the millimetre scale, created a new need for cor-
responding physically accurate, flexible and nu-
merically efficient modelling methods. Moreover,
modelling large giant-covalent-network structures
is computationally unaffordable with quantum me-
chanics or even molecular dynamics methods.

This paper derives a new Molecular Dynam-
ics Finite Element Method (MDFEM) in § 3-5
[11], which exactly embeds the equilibrium equa-
tions of Molecular Dynamics (MD) within the
computationally more favourable Finite Element
Method (FEM). The proposed model has been
implemented1 in a commercial FE code, with both
explicit and implicit dynamic formulations, § 6.
The implicit MDFEM particularly allows for larger
length and time scales as well as eigenvalue analy-
ses. Results and applications, § 7, include confor-
mational and parametric topology studies of PGS,
electric field induced polarisations, vibrations and
electron-emissions in CNT, electric charge distri-
bution in graphene, as well as a concurrent multi-

1The software corresponding to this model’s implementation will be made available at:
www.imperial.ac.uk/people/silvestre.pinho/researchgroup/members/current/wilmes
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scale simulation of CNT fracture with continuum
mechanics and MD domains. The novelties of the
contributions are discussed in § 8 and § 9.

The proposed multi-physics and multi-scale
compatible MDFEM is equivalent to MD, as shown
by the analyses of brittle fracture in Carbon Nan-
otubes (CNT) with defects, but at a considerably
reduced computational cost. By modelling buck-
ling, failure, vibrational, piezoelectric and electric-
field induced polarisation behaviours, among oth-
ers, this method can contribute to the design
of graphene composites, sensors, H2 storage and
other multi-functional nano-materials.

2 Background
One of the main challenges for nano-simulation
models consists of achieving a suitable balance be-
tween the accuracy of the physical representation
and the scale of numerical applicability.

At one extreme, Ab Initio simulations, for in-
stance based on Density Functional Theory (DFT),
can offer high accuracy but cannot readily be used
for systems beyond O

(
103) atoms. At the other

extreme, classical Molecular Mechanics (MM) and
Dynamics (MD) methods [12–14] only resolve nu-
clei motion without allowing for chemical reactions
or charge redistributions, but may typically be
applied to systems with O

(
109) atoms. Supercom-

puter simulations have succeeded in increasing this
number to O

(
1012) atoms [15].

A variety of intermediate theory levels have
emerged such as the hybrid DFT-MD Car-
Parrinello method [16], or MD force fields based
on reactive bond-order potentials [17, 18] and
Gaussian-normalised fluctuating charge and polar-
isable dipole formulations [19].

The MD method has increasingly been incor-
porated in FEM [20–31] for structural simulations,
as the equilibrium equations of MD and FEM can
be expressed in equivalent forms. The resulting
MDFEM, also referred to as Atomic-Scale Finite
Element Method (AFEM) [21], is computationally
more favourable than MD [21, 24]. Additionally,
MDFEM allows for easier modelling of mechanical
loading and, finally, offers a significant increase in
compatibility and integrability for concurrent as
well as hierarchical multi-scale simulations with
larger scale continuum FEM.

MDFEM is applied to the simulation of struc-
tural properties, mostly for carbon based nano-
structures, due to the maturity and availability of
carbon-specific force fields and the large interest in
graphene, CNT, and other fullerene derived com-
pounds. However, non-carbon applications have
been reported for other nano-structures, such as
boron-nitride nanotubes [23] or particulate metal
matrix nano-composites [31].

Readily available, structural mechanics FEM
elements (e.g. springs, trusses, beams) have been
used to represent the deformation of individual
bonds when implementing MDFEM [25–30]. How-
ever, the use of such structural elements results in
detrimental restrictions on MDFEM’s full mechan-
ical non-linear capabilities as well as prohibiting all
multi-physics. Namely, it leads to: (i) inadequate
element formulations & topologies with limited
non-local capabilities; (ii) limited large deforma-
tion & multi-physics analysis capabilities; (iii) the
inability to perform conformational analyses.

Several MDFEM, which use specifically derived
element formulations capable of non-linearities,
have been reported [20–23, 32]. However, these ele-
ment designs vary considerably in their topological
complexity and their flexibility in accommodating
different force fields, while their implementation
does not readily extent to multi-physics.

Finally, a general multi-physics MDFEM has
not been proposed yet. It follows that a rigorously
derived, exact MDFEM for modelling complex 3D
nano-structures across generic load cases, with sim-
plified element topologies, full force field flexibility
and straight-forward implementation is required.

The key novel aspects of the proposed model,
which represent new contributions to the state
of the art, are: (i) a mathematically robust
multi-physics derivation; (ii) the formal sep-
aration of force field and element topology
information; (iii) the ability to differentiate
between constitutive, geometrical and mixed
constitutive-geometrical instabilities; (iv) a math-
ematically and numerically optimised implemen-
tation; (v) both explicit and implicit FEM for-
mulations, where the latter allows for large time
and spacial scales, eigenvalue analyses as well as
a singular mass matrix.

ICCM19 610



A NEW MULTI-PHYSICS MDFEM FOR GRAPHENE NANO-STRUCTURES

3 Multi-Physics Equilibrium

3.1 Hamilton & Lagrange’s Equation

Hamilton’s Principle is a formal and natural ap-
proach to describe equilibrium in a discrete multi-
physics system and can lead to Lagrange’s equa-
tion by a Legendre Transform:

d
dt

(
∂ (T ∗(q̇))

∂q̇

)T
+
(
∂ (V (q))
∂q

)T
= f , (1)

where the system’s n generalised displacements,
are denoted by q ∈ Rn×1, while f ∈ Rn×1 repre-
sents the corresponding generalised forces and the
vector derivatives adhere to the numerator layout
convention. The system’s multi-physics conserva-
tive generalised potential energy, V , is formally
defined as V , −

∫
fcon dq = V (q), where fcon de-

notes selected conservative generalised forces,
which may be given in the form of a constitutive
relation, i.e. fcon = ΓV (q). Eq. (1) implies a choice
for q in an inertial coordinate system, such that
the system’s generalised kinetic co-energy, T ∗, may
only be explicitly dependent on the generalised ve-
locities, q̇ ∈ Rn×1, i.e. T ∗ = T ∗(q̇). The kinetic co-
energy is formally defined as T ∗ ,

∫
p dq̇ = T ∗(q̇),

where p ∈ Rn×1 represents the generalised mo-
menta, which are typically expressed in the form
of a constitutive relation, i.e. p = ΓT ∗(q̇). For
energy forms which have no physically defined mo-
mentum, the corresponding generalised momenta
are considered nil. The generalised potential co-
energy, V ∗ ,

∫
q df = V ∗(f), and the generalised

kinetic energy, T ,
∫
q̇ dp = T (p), are uniquely re-

lated to their respective counterpart by Legendre
transforms if the constitutive relations ΓV (q) and
ΓT ∗(q̇) are strictly monotonic and hence bijective
functions. Finally, t denotes time.

xj qj

qiz

y

x

i

j

Fig. 1. Coordinate system, initial configuration
and generalised displacements for atoms i and j.

3.2 From Lagrange’s Equation to a
Discrete Finite Element Method

In the MD framework, the translational displace-
ments, u ∈ Rnand×1 (note: rotational displace-
ments are inappropriate quantities as atoms rep-
resent point particles), partial electric charges,
q ∈ Rna×1, and electric dipoles, p ∈ Rnand×1, of
all na atoms in an inertial, nd-dimensional Carte-
sian coordinate system constitute an appropri-
ate, comprehensive and natural choice of q for
a discrete particle system, i.e. q =

[
uT qT pT

]T
.

Hence, the corresponding generalised forces,
f =

[
fT φT ET

]T
, are a set of mechanical forces,

f ∈ Rnand×1, point electric potentials, φ ∈ Rna×1,
and point electric field values, E ∈ Rnand×1.

The system, when q = 0, is fully defined by
the initial position, electric charge and dipole con-
figuration of all atoms, denoted by x ∈ Rn×1, so
that any current state of the system, r ∈ Rn×1,
may hence be described by r = x + q, see Fig. 1.

For an either linear or non-linear momentum-
velocity constitutive relation, ΓT ∗(q̇), which leads
to an either quadratic or non-quadratic generalised
kinetic co-energy, T ∗, the latter can always be fac-
torised and expressed in the general form:

T ∗(q̇) = 1
2 q̇

TM(q̇) q̇ , (2)

where M(q̇) ∈ Rn×n is a non-unique matrix which
is obtained here as:

M(q̇) = 2T ∗(q̇)
‖q̇‖4

q̇q̇T . (3)

This form of M(q̇) is guaranteed to yield a sym-
metric, positive semi-definite matrix. Lagrange’s
equation, Eq. (1), may hence be expressed as:

M(q̇) q̈ +
(
JVq
)T

= f , (4)

where the generalised potential energy’s Jaco-
bian relative to the system’s displacements is
denoted by JVq . The generalised mass matrix,
M(q̇) ∈ Rn×n, is unique, positive semi-definite,
symmetric, may be singular for physics with non-
defined momenta, and can be obtained as:

M(q̇) = M(q̇) + J(q̇) + J(q̇)T + 1
2H(q̇) , (5)

with

Jij = q̇T∂M
j(q̇)

∂q̇i
, Hij = q̇T∂

2M(q̇)
∂q̇i∂q̇j

q̇ , (6)
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where Mj ∈ Rn×1 denotes the jth column of M .
The generalised mass matrix, M, is constant for
linear momentum-velocity relations, p = ΓT ∗(q̇)
and, in the framework of Newtonian mechanics,
the mechanical kinetic co-energy for a point par-
ticle MD system, as defined in Fig. 1, leads to a
diagonal section in M, where the diagonal terms
correspond to the atoms’ masses.

Eq. (4) suggests an analogy with FEM and can
be solved using a Newton-Raphson scheme, thus
requiring the potential energy’s Hessian relative
to q , which is defined as:

HV
q = ∂

∂q

(
∂V (q)
∂qT

)
. (7)

4 Molecular Force Fields

4.1 Sub-Potentials & Partitions

The potential energy, V , is given by MD force
fields (e.g. AIREBO [18]) which, generally consist
of the superposition of a set, S, of sub-potentials,
VS , which can be further partitioned as:

V (c) =
∑
S
VS(cS) =

∑
S

nS
p∑

i=1
V i
S

(
ciS
(
xiS ,q

i
S

))
,(8)

where c ∈ Rm×1 represents the m characteristic
variables (e.g. bond lengths and angles) of the
force field, and cS ∈ RmS×1 denotes the mS spe-
cific characteristic variables required for evaluating
the sub-potential VS . Each sub-potential (e.g. to-
tal stretching energy) is further divided into nSp
repeating partitions (e.g. all bonds in the system)
where V i

S ≡ VS in partition i and is zero elsewhere.
Hence, xiS ∈ Rni

S×1 and qiS ∈ Rni
S×1 are the niS

components of x and q which are necessary for
evaluating ciS ∈ Rmi

S×1, and subsequently V i
S in

partition i. The partitioning pattern varies for
different sub-potential domains, being either a
summation over bonds, atoms, angles or charges.

A vast literature giving variable-defining
sketches, see Fig. 2, with corresponding defini-
tions is available [14]. For instance, the commonly
used rij and θijk in Fig. 2 are defined as:

rij = ‖rj − ri‖ = ‖xj + uj − xi − ui‖ , (9)

θijk = arccos
(

rji · rjk
rji rjk

)
. (10)

i j

rij

i

j

k

µijk

i

j
k

`

'ijk`

TexPoint fonts used in EMF.  
Read the TexPoint manual before you delete this box.: AA 

Fig. 2. Selected force field characteristic variables.

It is always possible to express any force field
(e.g. classical, reactive bond-order, charge-dipole),
in the form of Eq. (8). Scalar vector products
represent convenient characteristic variables, al-
though complicated functions such as the many-
body bond-order variable of reactive fields [17]
(usually b̄), or charge-dipole interaction tensors
(usually Tp-q or η) of charge-dipole fields can also
be considered as characteristic variables.

4.2 Mechanical Force Fields

Classical force fields include sub-potentials for
different deformation modes (e.g. bond stretch-
ing, torsion), with some force fields having fur-
ther sub-potentials for mixed-mode deformations
(e.g. stretch-bend in MM3 [12]). Single-mode sub-
potentials (e.g. stretch) typically depend on a sin-
gle characteristic variable, mi

S = 1, while mixed-
mode sub-potentials (e.g. stretch-bend) may de-
pend on two or more variables, mi

S ≥ 2.
As an example, the non-reactive Lobo-Keating

force field [13], which is fitted against phonon fre-
quencies in graphite, can be expressed as:

VL.K. =VS(cS) + VB(cB) + VI(cI)

=1
2

na∑
i=1

3∑
j=1

α

4 r2
0

(
rij · rij − r2

0

)2
+

+
na∑
i=1

2∑
j=1

3∑
k=j+1

β

r2
0

(
rij · rik + 1

2r
2
0

)2
+

+
na∑
i=1

γ (di · di) , (11)

where VS, VB and VI refer to the stretch, bend
and inversion sub-potentials, while r0 and di
denote the natural bond length and dangling
bond vector [13]. The latter is defined as
di = rij + rik + ri` with j, k, and ` being the three
neighbour atoms to i, while α, β and γ are fitting
parameters. The scalar quantities rij · rij , rij · rik
and di · di constitute a convenient choice as the
characteristic variables cS, cB and cI.
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A particularly interesting reactive force field
is the REBO potential [17], which is of the form:

VREBO =
na∑
i=1

na∑
j>i

[
VR(rij)− b̄ijVA(rij)

]
, (12)

where VR and VA represent the repulsive and
attractive atomic interactions respectively. The
bond order, b̄ij , is a highly non-linear and non-
local function of: (i) the bond length rij ; (ii) the
bond angles centred at atoms i and j; (iii) the
coordination number of atoms i and j; (iv) the
coordination number of the first and second neigh-
bours to atoms i and j.

The complexity of REBO arises as VR, VA and
b̄ij are in turn dependent on piece-wise-defined an-
gular functions, G(cos(θijk)) and cut-off functions,
f c(rij), where the latter is expressed as:

f c(rij)=


1
1
2

[
1+cos

(
π

rij−Dmin
ij

Dmax
ij −Dmin

ij

)]
0

, (13)

for rij < Dmin
ij , Dmin

ij 6 rij 6 Dmax
ij and

rij > Dmax
ij respectively, with Dmin

ij and Dmax
ij

referring to some of the fitting parameters [17].

4.3 Charge & Dipole Force Fields

For multi-physics simulations, the following charge-
dipole force field [19], where each atom has an
additional nodal charge and electric dipole vector
DoF, is of particular interest:

VQ.P. =
1
2

na∑
i=1

na∑
j=1

qiT
i,j
q-qqj+

na∑
i=1

qi (χi + φi)−
na∑
i=1

pi ·Ei

−
na∑
i=1

na∑
j=1

pi ·Ti,j
p-qqj −

1
2

na∑
i=1

na∑
j=1

piTi,j
p-ppj , (14)

where χi denotes the Mulliken-Jaffé electronega-
tivity of atom i. The parametrised tensors for the
charge, Tq-q, charge-dipole, Tp-q, and dipole, Tp-p,
interactions are displacement dependent, i.e.:

T i,jq-q = 1
4πε0

erf
(
rij√
2R

)
, (15)

resulting in multi-physics coupling effects, with
R and ε0 denoting a fitting parameter and the
vacuum permittivity. The conservative external
potential, φi, and corresponding electric field, Ei,
are embedded in the internal potential energy;
consistent with the formal derivation of Eq. (1).

5 Molecular Dynamics FEM

5.1 Constituent Tensor Assemblies

Within the FEM framework, it is always possi-
ble to deduce a fully accurate, non-linear repre-
sentation for the global equilibrium, Eq. (4), by
defining appropriate individual elements for each
sub-potential. Taking advantage of the decompo-
sition of force fields into sub-potentials, Eq. (8),
the system’s Jacobian, JVq in Eq. (4), and Hessian,
HV

q in Eq. (7), can be obtained as:

JVq (x,q) =
∑
S

∂VS(xS ,qS)
∂q

=
∑
S

JVS
q (xS ,qS) ,

(16)
and similarly:

HV
q (x,q) =

∑
S

HVS
q (xS ,qS) . (17)

Moreover, from the further division of the sub-
potential domains into nSp repeating partitions, it
follows that JVS

q and HVS
q can be obtained by first

evaluating the local Jacobian:

JV
i

S

qi
S

(
xiS ,q

i
S

)
= ∂V i

S

(
xiS ,q

i
S

)
∂qiS

, (18)

and local Hessian, HV i
S

qi
S

(
xiS ,q

i
S

)
, in each partition,

followed by an assembling process of the type:

JVS
q (xS ,qS) = tVS

nS
p

(
JV

i
S

qi
S

(
xiS ,q

i
S

))
, (19)

with an analogous expression for HVS
q (xS ,qS),

where tVS

nS
p
denotes the FEM-typical assembly op-

erator which assembles the contributions of all
nSp Jacobians, JV

i
S

qi
S

(
xiS ,q

i
S

)
∈ R1×ni

S , into the cor-

responding positions within JVS
q (xS ,qS) ∈ R1×n

and similarly, the contributions of all nSp Hessians,
HV i

S

qi
S

(
xiS ,q

i
S

)
∈ Rni

S×ni
S , into HVS

q (xS ,qS) ∈ Rn×n.
The contribution of each partition to the gener-
alised mass matrix, M, is similarly assembled.

The numerical solution to the global equilib-
rium problem, Eq. (4), using an iterative solution
scheme requiring the Hessian, Eq. (7), can there-
fore be obtained trivially using Eqs. (16) to (19),
together with suitable element topologies.

5
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5.2 MDFEM Element Topologies

The element topology required for each sub-
potential, VS(cS(xS ,qS)), is determined by the
respective components of cS . It follows naturally
that an element topology may be created for each
individual sub-potential, which is able to supply
the necessary characteristic variables ciS

(
xiS ,q

i
S

)
in each partition i of the sub-potential’s domain.
This element is subsequently meshed nSp times fol-
lowing the partitioning pattern. For instance, a
stretch sub-potential may require a two-noded ele-
ment topology, while an angle-based sub-potential
may require information from several atoms.

The simplest and most compact element de-
signs are therefore identical to the characteristic
variable-defining sketches for each force field, as
shown in Fig. 2. A selection of basic element
shapes, used by the authors for classical, reactive
bond-order as well as polarisable charge-dipole
force fields, is shown in Fig. 3. The single-noded
element is required to give the system the appropri-
ate mechanical mass, atom electronegativities and
interaction with the external electric field during
dynamic and polarisable simulations.

The element topologies from different sub-
potentials are then superposed when meshing the
atomic geometry. The spacial superposition of
multiple element topologies outlines a first funda-
mental difference between the proposed MDFEM
and the classical FEM as, in the latter, element
superpositioning in the same location is atypical.

Finally, it can be noted that since the char-
acteristic variables are defined in a global frame
of reference, the Jacobian and Hessian tensors of
these elements do not require a local to global
coordinate transformation prior to the assembly
operation in Eq. (19).

1 1 2
1

2 3

1
2

3

4

1 2

34

5 6

1

2 3

4

Fig. 3. Selection of MDFEM element topologies.

5.3 Derivation of the Local Jacobian
and Hessian Tensors

The manual derivation for the element Jacobian,
JV

i
S

qi
S

, and Hessian, HV i
S

qi
S

, proves to be impossible
in but the simplest cases. Modern interpreted
processing languages (e.g. MATLAB) are increas-
ingly capable of performing rapid derivation of
algebraic expressions so that these tensors can be
generated symbolically. The computational effort
for substituting the explicit characteristic variable
definition, ciS = ciS

(
xiS ,q

i
S

)
, into V i

S = V i
S

(
ciS
)
and

performing the symbolic derivation is small; how-
ever, the resulting expression for a single entry of
the Jacobian or Hessian can become prohibitively
long for the implementation in a compilable lan-
guage when using higher-order sub-potentials and
inverse trigonometric characteristic variables.

More aggravatingly, the direct evaluation of
JV

i
S

qi
S

and HV i
S

qi
S

compounds and merges the consti-
tutive information of the implemented force field
with the geometrical element topology informa-
tion. However, force field information and element
topology properties can be kept uncoupled, see
§ 5.4, resulting in a feasible numerical implemen-
tation and, significantly increased flexibility for
combining different energy potentials with differ-
ent element topologies.

5.4 Decoupling of the Force Field &
Element Topology

Noting Eq. (8), the element Jacobian, JV
i

S

qi
S

, and

Hessian, HV i
S

qi
S

, omitting the indices i for clarity of
notation, can equally be expressed as:

JVS
qS

= JVS
cS

JcS
qS
, (20)

HVS
qS

=
(
JcS
qS

)T
HVS

cS
JcS
qS

+
mS∑
k=1

(
JVS

cS

)
k

HcSk
qS , (21)

where JVScS
∈ R1×mS and HVScS

∈ RmS×mS are the
Jacobian and Hessian tensors of the sub-potential
relative to the characteristic variables, hereafter
termed Potential Jacobian and Potential Hessian.
Similarly, JcS

qS ∈ RmS×nS and HcS
qS ∈ RmS×nS×nS

are the Jacobian and Hessian tensors of the char-
acteristic variables relative to the element nodal
DoF, hereafter termed Geometric Jacobian and
Geometric Hessian.
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The Reconstruction Equations, Eqs. (20) and
(21), lead to the following advantages:
1. Reduced Complexity of Derivatives
More, yet far shorter derivatives have to be ob-
tained symbolically, where each one can be com-
fortably implemented in a compilable language.
2. Independent Scaling of Derivatives’ Length
The entries of JVScS

, HVScS
, JcS

qS and HcS
qS scale in

length only with either the complexity of VS(cS)
or cS (xS ,qS), but any compound effect is avoided.
3. Enhanced Computational Performance
One to two orders of magnitude fewer numerical
operations are needed to evaluate JVS

qS and HVS
qS

using Eqs. (20) and (21) than by a direct approach.
4. Separation of Force Field Potentials from
Element Topologies
Two separately stored library of pre-compiled
derivatives for the force fields respectively the ele-
ment topologies can be developed.
5. Independent Analysis of Geometrical,
Constitutive and Mixed Instabilities
Finally, the Reconstruction Equations allow for
a refined analysis of global instabilities, which
may occur during simulations, by offering the
possibility to compute the eigenvalues, λ(·), of
the Hessian in each element λ

(
HVS

qS

)
. More-

over, the eigenvalues in both the element’s
Potential, λ

(
HVScS

)
, as well as its Geometric,

λ(HcS
qS ), variable space can be obtained. Fur-

thermore, mixed-mode Potential-Geometric eigen-
values can be computed, i.e. λ

(
(JcS

qS )T HVScS
JcS
qS

)
and λ

((
JVScS

)
k

HcSk
qS

)
. Hence, the simulation

time-history of these eigenvalue sets, together
with the Spectral Theorem, Weyl’s Inequalities,
Sylvester’s Criterion and Sylvester’s Law of Iner-
tia, can help identify the source of an instability.
The latter can either be due to an inappropri-
ate or insufficient boundary condition (e.g. rigid
body motion, insufficient structural connectiv-
ity), a potential instability (e.g. chemical bond
breaking), a geometric instability (e.g. unstable or
cyclic characteristic variable) or a mixed potential-
geometric instability (e.g. buckling). Hence, this
MDFEM is well-suited for identifying the specific
partition and the sub-potential deformation mode
which may have triggered the instability.

6 Implementation
The presented formulation was implemented1 sym-
bolically in MATLAB2, with an algorithm struc-
ture as shown in Fig. 4. A Force Field Library con-
tains a range of potential energy definitions in the
form V (c) =

∑
S VS(cS) while an Element Library

stores all available characteristic variable defini-
tions, c = c(x,q), as well as element node connec-
tivities. Using these libraries, the requested geom-
etry is generated and meshed with all required ele-
ments before the tensors JVScS

, JcS
qS , HVScS

and HcS
qS

are symbolically derived. The resultant algebraic
expression are exported in a FORTRAN-90/95
format, which is suitable for the implicit and
explicit FE package ABAQUS3. The latter al-
lows for customised element types with freely
definable topologies and constitutive properties,
termed User Elements (UEL). Given nodal vari-
ables (xS ,qS), the UEL must supply each ele-
ment’s current Jacobian, JVS

qS , Hessian, HVS
qS , and

mass matrix, M, to the FEM solver for assembly.
Finally, and importantly, implementing a new

force field constitutes no additional time cost given
a comprehensive Element Library. Currently im-
plemented potentials include but are not limited
to: MM3 [12], Lobo-Keating [13], REBO [17],
AIREBO [18], Q+P iso/aniso [19], Morse [33].

USER INPUT FILE 
Force Field Choice 
Element Selection 
Domain Geometry 
Meshing Options 
Load Applications 

… 
(≈150 Options) Force Field 

Library 
Element 

Library 

SYMBOLIC PROCESSOR 
Atom Seeding 

Element Meshing 
Symbolic Derivation 
FORTRAN Translator 

Code Optimization (CSE) 

FEM 
Input File 

UEL 
Subroutine

Mesh 
Graphics

FEM 
Solver 

FEM POST-
PROCESSOR 

Fig. 4. Symbolic Processor flowchart.

In addition to the reduction in computational
cost due to the Reconstruction Equations, § 5.4,
the numerical performance can be optimised fur-
ther by noting the typically vector-based defini-
tions of the characteristic variables, Eqs. (9)-(10).
The resulting Geometric Jacobian and Hessian
tensor expressions are ideal for script-level, local
Common-Subexpression-Elimination (CSE). Com-
pilers often include CSE upon compilation, yet the
here-implemented script-level CSE succeeded, for
MM3 [12], in reducing operations by 80 % and the
UEL script length by 73 % prior to compilation.

2MATLAB R2012a, The MathWorks Inc.
3ABAQUS 6.12-1, Dassault Systemes Simulia Corp.
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7 Applications

7.1 Brittle Failure of Carbon
Nanotubes with Defects

The MD study by Belytschko et al. [33], a purely
mechanical study (i.e. q = u and f = f), inves-
tigates the effects of vacancy, Stone-Wales and
weakened-bond defects on the constitutive re-
sponses and fracture behaviour of CNT. This MD
work was chosen as a reference to demonstrate
the equivalence of the proposed MDFEM and
MD in a highly non-linear environment up to,
and including, bond failure. Four carbon nan-
otubes, armchair CNT(12, 12)/(40, 40), zig-zag
CNT(20, 0) and chiral CNT(16, 8), were strained
axially to fracture in both static and dynamic
implicit FE analyses. Following Belytschko et
al. [33], the REBO [17] potential, Eq. (12), is ap-
proximated here by a Morse type potential of the
form:

V = VS + VB

= α

{[
1− e−β(rij−r0)

]2
− 1

}
+

+ 1
2γ (θijk − θ0)2

[
1 + λ (θijk − θ0)4

]
. (22)

The above potential is equivalent to REBO
for strains up to 10 % [33], but without suf-
fering from the subsequent camel-back prob-
lem in the force-displacement relation, aris-
ing from the derivative of the distance cut-
off function f c(rij), Eq. (13). The fitting
parameters for Eq. (22) are: r0 = 1.39 Å,
θ0 = 2.094 rad, α = 6.03105 nN Å, β = 2.625 Å-1,
γ = 9.0 nN Å rad -2 and λ = 0.754 rad -4 [33].

For comparison with literature, the constitu-
tive responses are reported in conventional stress-
strain format with the stress in pressure units,
where the two-dimensional stress is normalised by
assuming a CNT wall thickness, twall = 3.4 Å.

The constitutive response of a CNT(20, 0)
with a vacancy defect, Fig. 5, obtained by a
static implicit analysis, is in excellent agreement
with MD [33]. The implicit static analyses for
the three other CNT with different defect types
showed equally good agreement and took only
O
(
101 – 102) seconds of CPU time on a standard

workstation with 3.3GHz Intel i5-2500 processors.
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Fig. 5. The proposed MDFEM gives constitutive
responses equivalent to MD [33], including failure,
for CNT of varying chirality with defects.

Equally, for a CNT(40, 40) with a Stone-Wales
defect, a failure strain and stress of 13.9 % and
98.8 GPa were obtained by a dynamic implicit
analysis. These predictions compare well with the
reference MD results of 14.2 % and 97.5 GPa, dif-
fering only by 2.2 % and 1.3 % respectively, Fig. 5.
Moreover, the implicit dynamic solver is able to
compute converged dynamic equilibrium points
at the onset of, and during fracture. For the
presented example, the unconditionally stable
backward-Euler time integrator was used, with
light dissipation of 5 % mass and 5 % stiffness pro-
portional Rayleigh damping, in order to stabilise
the simulation numerically. Additionally, the crack
propagation path is accurately captured, Fig. 6.

In a Stone-Wales defect, a single bond is sub-
jected to a 90◦ rotation and reconnected in the
typical 5-7-7-5 ring configuration which contin-
ues to abide the polyhedral formula. This type of
defect requires a conformational step to find its
energy minimising state, which is shown in Fig. 7,
prior to the load application. The overall length
of the CNT(40, 40) remained unchanged after the
conformational analysis pre-step, demonstrating
that this defect only led to a local variation in the
displacement field [34].

1

2
3

Proposed MDFEM Model 
Belytschko et al. [33] 

Molecular Dynamics 
u1 (ºA)

Fig. 6. Equivalence in crack initiation and propa-
gation of the proposed MDFEM and full MD [33].
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(a) Equilibrium pristine 6-6-6-6 rings

(b) Non-equilibrium defect 5-7-7-5 rings

(c) Equilibrated defect 5-7-7-5 rings

Fig. 7. Formation of a CNT Stone-Wales defect.

7.2 MDFEM Linear Numerical Scaling

The numerical performance of the proposed model
was tested by stretching CNT(5, 5) to 5 % strain.
Continuously larger nanotubes with up to 1.0 mil-
lion atoms, having a maximum length of 12µm,
were run on a standard 3.3 GHz Intel i5-2500 quad-
core workstation, showing the proposed model’s
static implicit formulation scale linearly, Fig. 8.

R² = 0.9983 

R² = 0.9995 

0

4

8

12

16

0.0 0.4 0.8

CPU Time SY

FPO/Ite SY x10^6

Atoms 106  

C

N

T

 

ℓ0 

0.05ℓ0 Total CPU Time 103 s  
 

Floating Point Operations, 1010  

Fig. 8. MDFEM has linear computational scaling.

7.3 Conformational Analyses:
3D Pillared Graphene Structures

Unlike MDFEM formulations making use of struc-
tural elements, this MDFEM’s elements, Fig. 3,
can perform conformational analyses to relax struc-
tures with only approximate initial positions. The
seeding of three-dimensional PGS meshes [35],
such as the one in Fig. 9, is mathematically more
complex and considerably more computationally
intensive than seeding planar graphene or CNT.

The curved 3D PGS must adhere to
the polyhedral formula and the Euler-Poincaré

characteristic. The initially seeded geometries typ-
ically do not represent a system in equilibrium and
hence, a conformational analysis is required before
any loading is applied. Non-equilibrium systems
easily converge to their energy minimising config-
uration, Fig. 9, if no external forces are applied.

The PGS in Fig. 9, with a CNT(8, 0) pil-
lar, can be used as a representative Unit Cell in
order to tesselate more intricate PGS, Fig. 10.
All PGS were equilibrated in a static im-
plicit formulation, using the Lobo-Keating poten-
tial, Eq. (11), with the following parameters [13],
r0 = 1.421 Å, α = 15.59 nN Å-1, β = 2.55 nN Å-1,
γ = 0.74 nN Å-1 and the element topologies in
Fig. 3.

As mentioned in § 1, PGS as in Fig. 10 are ex-
pected to have outstanding three dimensional me-
chanical properties with moduli around 0.9 TPa [5].
When doped with Lithium atoms, these nano-
structures are predicted to possess unrivalled H2
storage capacities at ambient conditions [6].

Hence, the proposed model, with its ability to
incorporate both advanced mechanical as well as
polarisable charge-dipole force fields, § 7.4, is ide-
ally suited to perform parametric topology studies
of the homogenised electro-mechanical, fracture
and H2 storage properties of such complex PGS.

Initial PGS Mesh 
Equilibrated PGS 

Fig. 9. Conformational analyses are readily possi-
ble with the proposed MDFEM.

Fig. 10. Conformational analysis of a large PGS.
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7.4 Charge Densities & Electric Field
Induced Polarisations

A variety of electro-mechanical effects have been re-
ported, such as charge induced mechanical strains
in CNT up to failure [36], charge distributions
in CNT deposited on substrates [37], pseudo-
magnetic fields [38], or electric field induced de-
flections and vibrations of graphene and CNT [39].
These effects can now be modelled within FEM.

In Fig. 11, the charge distribution in a posi-
tively charged graphene sheet [40] was obtained
using the anisotropic-polarisation charge-dipole
force field Q+P aniso [19], together with the me-
chanical AIREBO potential [18]. Charge accumu-
lates along the edges and at the corners, reaching
normalised charge densities (relative to the charge
at the centre of the sheet) of 7 and 15 respectively,
which agrees with literature [40]. The long-range
nature of charge-charge and charge-dipole effects
increases the computational cost considerably due
to the square scaling of interactions.

Fig. 12 shows a CNT subjected to a perpendic-
ular electric field. The latter induces a charge sep-
aration in the neutral and insulated CNT, causing
an overall polarisation. In the presence of thermal
oscillations during finite-temperature simulations,
the vibrational amplitudes disturb the perpendic-
ular alignment of the CNT to the field, potentially
inducing axially-aligned dipoles, which in turn may
spark an electric-field driven buckling [39].
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Fig. 11. Interpolated normalised charge density
for a charged 8.5 nm× 4.8 nm graphene sheet.

+ 

− 
E = 0.2 V nm  

+ 

− 

Fig. 12. Cut-view of the electric-field induced
charge polarisation in a neutral, insulated CNT.

7.5 Eigenvalue Analyses & Multi-Scale
MD and FEM Domains

The implicit MDFEM formulation’s eigenvalue
analyses can determine vibrational frequencies
and mode shapes of molecular devices, such as
simply or doubly-clamped CNT, Fig. 13. Experi-
mental results for electric-field induced vibrational
frequencies of simply-clamped CNT have been re-
ported [41], and as shown in § 7.2, CNT with cor-
responding length-scales in the micrometre range
can be modelled using a standard workstation.

Finally, the proposed model is well suited for
hierarchical and concurrent multiscale coupling
with continuum FEM, Fig. 14. This allows for
further computational savings with the proposed
model conveniently avoiding the need for coupling
two separate numerical solvers when simulating
continuum mechanics and MD domains.

Fig. 13. First three mechanical vibration mode
shapes of a doubly-clamped CNT.

Continuum Shell Elements 

MDFEM Elements 

Fig. 14. Concurrent continuum FEM & MD simu-
lation of a CNT with a defect during failure onset.
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8 Advances to State of the Art

The proposed model is mathematically rigorous,
versatile in accommodating different physics, and
is formally equivalent to MD when implemented
in an explicit FE formulation. Popular MD ex-
plicit time integrators such as the Velocity-Verlet
algorithm are typically available with readily acces-
sible FEM Newmark-β or Hilber-Hughes-Taylor
integrators. Equally, this model may be imple-
mented with an implicit time integrator, requiring
a convergence solver (e.g. Newton-Raphson).

Novelties of the proposed implicit MDFEM in-
clude numerical stability, larger permissible time-
steps and the removed need for defining artificial
kinetic co-energies of energy forms with no physical
momenta (i.e allowing a singular generalised mass
matrix M). Additionally, the required evaluation
of the system Hessian, HV

q , allows for eigenvalue
analyses (e.g. used to obtain multi-physics vibra-
tional mode shapes). Hence, the proposed model
represents a unified formulation of MD bridging
from small to large time and spacial scales, while
inherently offering convenient multi-scale integra-
tion with continuum FEM domains.

The proposed model’s decomposition of the el-
ement Jacobian and Hessian, § 5.4, leads to three
key novelties. Firstly, this formal separation of
potential and geometric relations permits combin-
ing different force fields and element topologies,
analogously to the separation of element types
and constitutive laws in FEM. Secondly, the nu-
merical implementation becomes feasible, and nu-
merically efficient, § 6. Thirdly, the analysis and
differentiation of global instabilities into potential,
geometrical and mixed instabilities is possible.

The current formulation can be used both
for zero and finite temperature simulations. Ini-
tial velocity conditions can be seeded as required
(e.g. Maxwell-Boltzmann distribution), with the
possibility to apply any thermostat mechanism of
choice. Further constraints such as linear momen-
tum conservation, charge conservation or periodic
boundary conditions can readily be implemented
using Lagrange multipliers.

Finally, even though this paper’s primary fo-
cus is on fullerene structures, the proposed model
is generally applicable to any molecular structure
with or without defects and any number of differ-
ent chemical species.

9 Conclusion

A new Multi-Physics Molecular Dynamics Finite
Element Method has been formally derived from
first principles and implemented in FEM. The pro-
posed model: (i) has been shown to be exactly
equivalent to MD; (ii) has produced novel me-
chanical and charge-dipole FEM results; (iii) is
computationally more favourable than MD with a
linear numerical scaling; (iv) offers a broader range
of analyses techniques over wider length and time
scales; (v) is inherently well-suited for multi-scale;
(vi) is readily implementable; (vii) is applicable to
any chemical structure with any number of species.

Analogous to the separation of element topolo-
gies and constitutive relations in FEM, the pro-
posed model is the first to introduce a formal un-
coupling of the force fields from the element topolo-
gies for MD. This novel feature also allows to ex-
plicitly differentiate between potential, geometrical
and mixed instabilities. Equally, the flexibility and
accessibility of the proposed model is enhanced
as solely the basic form, V = V (c), of any cho-
sen MD force field and the characteristic variables
definitions, c = c(x,q), are needed.

The proposed model can be applied for mod-
elling the effects of defects on the charge distri-
bution in a variety of nano-structures; the piezo-
electric property couplings in CNT or PGS during
vibrations; H2 storage in PGS; and the effect of
probabilistically distributed defects on the fracture
initiation, propagation and homogenised proper-
ties for different homo- and heteroatomic nano-
structures. This ability will allow for the optimised
virtual design of nano-based devices for industrial
applications such as structural composites, coat-
ings and flexible electronics.
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1 Introduction  

International competition and political guidelines 

regarding a significant reduction in greenhouse gas 

emission demand a higher efficiency in machine 

manufacturing and operation [1, 2]. Especially in the 

field of mobility systems, lightweight designs utiliz-

ing carbon fiber reinforced plastics (CFRP) are used 

more and more to lower the mass and energy con-

sumption of airplanes, automobiles and ships Aside 

the outstanding mechanical performance of CFRPs, 

functional benefits like corrosion resistance and high 

internal damping coefficients can also substantiate 

the use of those high tech materials.  

Especially in the drivetrain of mobility systems, 

lightweight components can be deployed advanta-

geously since those machine parts are subjected to 

external and internal acceleration, i.e. movement of 

the vehicle as well as rotation of drivetrain compo-

nents. 

To reach a high lightweight design level, the ex-

tremely high strength and stiffness in fiber parallel 

direction has to be utilized while the much lower 

mechanical performance perpendicular to fiber di-

rection has to be respected. This usually can be 

achieved better in one- or two-dimensionally loaded 

parts like driveshafts compared to complexly loaded 

components, e.g. compact mounting brackets.  

In this context, driveshafts were among the first au-

tomobile components that were chosen for a indus-

trial deployment of CFRPs in the 1980s [3]. To meet 

today’s tightening economic requirements, major 

advances in the processing of composites have to be 

achieved [4]. Also, the development of new compo-

nents has to be simplified by provision of standard-

ized and scalable designs and composite adapted 

machine elements. 

To address those needs, a novel design for CFRP 

driveshafts was developed at the Institute of Light-

weight Engineering and Polymer Technology (ILK) 

of the Technische Universität Dresden (TUD). It is 

based on a profiled driveshaft body which offers the 

possibility of continuous manufacturing and efficient 

assembly processes. This generic design can easily 

be adapted to different applications and thus promis-

es a significant reduction of development time.  

2 The design guideline ‘GWeN’ 

To reduce the threshold for the use of CFRPs in 

lightweight components, the ILK is not only devel-

oping new designs and processes, but is also build-

ing design guidelines for the industrial developer. 

One example with the focus on driveshafts is the 

‘Design guideline for shaft-hub connections 

(GWeN)’ [5]. 

2.1 Regarded connection types  

The work in this research project comprises three 

connection types, which are investigated thoroughly 

(see FIG. 1).  

 

FIG. 1: Connection types regarded in the design guideline ‘GWeN’ 

The bolted connection acts as the reference system 

since it is one of the classical hub-shaft-connection 

types for composite driveshafts. For this well estab-

lished connection type, standardized design instruc-

tions already exist [6]. 
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The pin connection was first presented by the Aus-

trian company ‘Teufelberger’ and promises very 

high load introduction capabilities. Through inte-

grating the metallic pins into the textile perform 

prior to consolidating the CFRP, a mixed connection 

with proportions of adhesive bonding and form-fit is 

generated. To current date, no design instruction is 

known for that novel connection type. 

The smoothed spline (SSP-)connection for CFRP 

driveshafts was developed at the ILK [7]. It offers a 

high load introduction capability via form fit that 

requires no primary assembly processes such as 

milling and bolting. The fiber-adapted spline joint 

cross section is generated during the manufacturing 

process. It is producible utilizing continuous manu-

facturing processes.  

2.2 Scope of the investigations  

Aim of the presented research project is the provi-

sion of easily usable design notes to allow for a pre-

liminary design and dimensioning of new driveshaft 

products. 

To provide a sound foundation for those design 

notes, material parameters are determined experi-

mentally and parametrical simulations are conduct-

ed. The manufacture and testing of prototypes com-

pletes the investigations. Using the experimental 

results, simulation models are calibrated and validat-

ed. The prototype manufacturing allows for a first 

assessment of production effort and cost.  

2.3 Overview page 

The developed path to the preliminary design of a 

new driveshaft product is summarized in the dia-

grammatic plan above (FIG. 2) 

Modeled on a classical development roadmap, the 

design guideline first needs the ancillary conditions 

such as available design space, mechanical and me-

dial loads and economic requirements as input data. 

First, a rough laminate layup is to be taken out of a 

table compilation that covers many industry-relevant 

requirements. 

In combination with an economical assessment, a 

preselection for the connection type can be achieved. 

Then the preselected connection type is preliminar-

ily dimensioned. If the connection still satisfies the 

requirements, a detailed dimensioning and design is 

necessary. The process can also be repeated in an 

iterative approach, until a viable design is found. 

In the following, this paper concentrates on the ILK-

own profiled driveshaft concept. In previous investi-

gations, it had shown an excellent load bearing ca-

pability while allowing for productive and efficient 

manufacturing and assembly processes [8]. 

FIG. 2: Overview Chart for the Design guideline GWeN 
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3  Design and manufacturing of profiled 

driveshafts 

In analogy to metallic machine parts, one way of 

reducing component cost for composite parts is seen 

in the use of standardized semi-finished products. 

Those can be produced in high numbers and then 

fitted to the final application. Following this idea, a 

driveshaft system concept was developed at the ILK, 

where different functional components such as 

flanges or gear wheels, universal joints or bearings 

can be taken out of a standardized catalogue and be 

assembled with a profiled shaft body to form a cus-

tomized drivetrain component [9]. This concept was 

developed further with respect to high performance 

applications. 

3.1 Driveshaft concept  

The newly developed driveshaft concept focuses on 

the provision of high performance semi-finished 

driveshaft bodies, which are equipped with metallic 

end fittings for concentrated load introduction (see 

FIG. 1). 

For highest mechanical performances, a basic geom-

etry as depicted in FIG. 3 is chosen. It features a 

profiled inner laminate (I) for load introduction, 

supplemented by axial reinforcements (II) and en-

closed by a cylindrical laminate (III) for load trans-

mission over the span of the driveshaft. 

 

FIG. 3: Schematic buildup of profiled shafts with separated subare-

as (left), as monolithic part (middle), investigated sub-model (right) 

In order to maintain the advantage a continuous 

manufacturing process, the profile is linearly extrud-

ed to constitute the shaft body. Thus, the profile 

geometry not only influences the load introduction 

capabilities, but also the mechanical performance of 

the shaft in the ‘undisturbed’ area. Those two fea-

tures have to be matched in order to develop a viable 

design. 

 

 

 

3.2 State of stress and failure phenomena 

To identify the most critical regions of the cross-

section, the local loading is examined and compared 

with experimental results (FIG. 4 and FIG. 5). 

 

FIG. 4: Examined driveshaft section (left), local areas of interest 

(right) 

The load is transmitted at the tooth shoulders result-

ing in a contact pressure (I). It induces a notch stress 

in the tooth root (II) as well as local tension stresses 

in the cylindrical areas (III). Because of the angled 

tooth flank, a tangential stress is induced, resembling 

an inner pressure load. Additionally, the introduced 

load has to be transferred into the outer cylindrical 

laminate resulting in shear stresses (IV). The com-

parison with first shaft specimen shows three domi-

nant failure phenomena in the load introduction zone 

(compare FIG. 5).  

For the first finite element studies, the effects II, III, 

IV and the tangential stresses are focused in the as-

sessment of profile geometries. 

 

FIG. 5: Experimentally observed failure phenomena: a) tooth bar-

ing b/c) interlaminar shear d/e) shaft fracture at the end of the load 

introduction f) torque failure of the shaft body 
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3.3 Serial manufacturing concept 

The basic concept of the investigated driveshaft is 

focused on a continuous manufacturing process. By 

eliminating manual process steps and utilizing high-

ly productive performing processes such as braiding 

or continuous winding (FIG. 6), the part cost can be 

significantly reduced while enhancing reproducibil-

ity of the manufacturing results. 

 

FIG. 6: Continuous fiber layup processes a) Continuous winding 

(unidirectional reinforcement) b) Braiding (bi-directional, textile 

reinforcement) 

The choice of the preforming process influences the 

part performance, since the resulting reinforcement 

architectures differ in their characteristics. Unidirec-

tional reinforcements (continuous winding) feature 

highest mechanical properties, due to a low level of 

fiber undulation. Bi-directional reinforcements ob-

tained by braiding usually exhibit a textile binding 

with fiber undulation and interlocking of fibers. 

Compared with unidirectionally reinforced parts, 

they tend to perform poorer when tested in the origi-

nal state, but their damage tolerance is usually high-

er [10, 11]. Thus, the overall performance of the 

developed driveshaft can be tailored to the specific 

application. 

The general concept for serial manufacturing feasi-

ble for both preforming processes - is depicted in 

FIG. 7:  

 Preforming of the profiled laminate on a contin-

uously fed mandrel 

 Forming of the profile 

 Supply of the axial reinforcement 

 Preforming of the cylindrical outer laminate 

 Consolidation in a pultrusion nozzle or cutting 

of the preform and insertion into a RTM Tool 

One of the main challenges is the reproducible form-

ing of the profiled laminate. For this task, a preform-

ing device was developed at the ILK and the 

Leichtbau-Zentrum Sachsen GmbH (compare sec-

tion 5.1). With the successful testing of the continu-

ous preforming, the elaborated serial manufacturing 

process is validated (compare section 5).  

FIG. 7: Concept for a continuous manufacturing of profiled driveshafts: Overview on the production line (above), schematic representation of 

the profile forming (below left), schematic representation of a pultrusion array for infiltration and consolidation of the shaft laminate (below 

right)  
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4.  Numerical simulations 

4.1 FE-Model 

The cross-section of the developed shafts exhibits 

filigree geometrical features. In order to model local 

stress effects occurring in and around the composite 

teeth, the element length was chosen with an average 

of 0,3 mm (FIG. 8).  

 

FIG. 8: Parametric FE-Model: Overview and boundary conditions 

(left), detailed depiction of composite shaft mesh (right) 

The model buildup mirrors the actual geometrical 

buildup with the profiled inner section I, axial rein-

forcements II and a cylindrical outer section III. 

Between those three sections, a ‘tie’-constraint is 

established. Furthermore, the cyclic symmetry of the 

shaft cross-section is utilized. An overview on the 

boundary conditions is given in TAB. 1. To econo-

mize parameter studies, the model is built starting 

with geometrical parameters. The meshing and the 

placement of boundary conditions are carried out 

automatically. 

TAB. 1: Boundary conditions in the developed FE-Model 

region boundary condition remark 

A bearing no translation in axial direction 

 force in tangential direction (torque) 

B contact Frictional coefficient μ = 0.1 

C bearing no translation in axial and tan-

gential direction 

D cyclic symmetry  

4.2 Regarded failure effects 

The failure prediction on unidirectional laminates in 

stretched areas of the simulated parts can be success-

fully performed using established failure criteria like 

HASHIN/PUCK or CUNTZE [12,13]. For geometri-

cally complex model areas, or when textile rein-

forcements are utilized, the accurate prediction of 

laminate failure is more challenging. At the ILK, a 

failure prediction approach for bi-directional rein-

forcements by CUNTZE is used and was experimen-

tally investigated [14]. Following this experience, 

the criterion ‘CUNTZE BD’ is used for assessment 

of the laminate stresses of region II and III (FIG. 4), 

since the tested specimen are manufactured using a 

braided textile reinforcement. The description of the 

utilized failure criterion is to be found in [15, 16] 

while the main formula is given with (1). 

The failure mode in region IV is not covered by the 

utilized criteria, which only regard ‘in-plane’ failure. 

To include this failure mode, which proved to be 

crucial for certain profile geometries, a customized 

criterion was developed.  

Assuming that inter fiber failure modes are matrix 

dominated and these modes are also causing inter-

laminar failures, the CUNTZE-criterion as given in 

(1) was reformulated to match the stress state con-

sisting of radial tension/compression σ3 and tangen-

tial shear stress τ23 (2).  
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The corresponding graphic interpretation is given in 

FIG. 9. 

 

FIG. 9: Areas of interest for the failure prediction in area IV: Ori-

entation of the in-plane intralaminar CUNTZE criterion (top right), 

orientation of the adapted out-of-plane interlaminar criterion (bot-

tom right) 

In the established failure criteria for fiber reinforced 

plastics, an interference of tension/compression and 

shear loading perpendicular to fiber direction is re-

spected. Under compression, the laminate can resist 

a significantly higher shear stress compared to when 

under tension. This same effect is assumed for the 

shear-loaded interlaminar layer in area IV. FIG. 10 

shows the corresponding failure curve and illustrates 

the assumed increase of the shear strength under 

compression between both layers. 
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FIG. 10: Implemented failure curve for the out-of-plane 

interlaminar material effort.  

This curve was obtained using customary data for 

carbon fiber reinforced epoxies available in the ILK-

database (TAB. 2) 

TAB. 2: Customary strength data for carbon fiber reinforced epoxy 

strength 

identifier 

value [MPa] explication 

R23  40 shear strength in the 23-direction 

R
t
23  25 tensile strength perpendicular to 

fiber direction 

R
c
23  115 compressive strength perpendicu-

lar to fiber direction 

4.3 Simulated profile geometries  

Four profile geometries were chosen to be manufac-

tured, tested and simulated (see FIG. 11). 

a) b)

c) d)

 

FIG. 11: Simulated shaft geometries: a) Geo1 b) Geo2 c) Geo3 d) 

Geo4 

The geometries Geo1 & Geo2 were designed with a 

thin laminate (1.6 mm, layup 1), Geo3 & Geo4 with 

a thick laminate (4 mm, layup 2) (compare TAB. 4). 

All shafts possess an outer diameter of 30 mm. 

The failure criteria used for the prediction of the 

ultimate torque capacity are assigned to the different 

regions of interest as depicted in TAB. 3 

TAB. 3: Assignment of interpreted failure criteria to the regions of 

interest  

region underlying criterion analyzed mode denomination 

II CUNTZE BD fiber fracture CUNTZE B 

III CUNTZE BD resulting effort CUNTZE A 

IV CUNTZE UD - Shear Criterion 
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5. Experimental investigations 

To assess the load bearing capacity of the developed 

driveshafts, a variety of test specimen was manufac-

tured and tested. The geometries were chosen with a 

wide modification of shape, in order to enable a 

comparison with the numerical models on different 

interpolation points. 

5.1 Prototypic manufacturing 

For the prototypic manufacturing, commercially 

available braided sleeves are utilized. To confirm the 

continuous manufacturing principle, the preforming 

has to be performed under constant feed of the man-

drel. This is achieved in a prototypic installation 

shown in FIG. 12. 

drive

preforming
area

mandrel

base frame

profiled preform

cooling nozzle

profiled nozzle

heating unit

 

FIG. 12: Prototypic test stand for investigations on profile forming 

parameters: Schematic representation (left), realized device (right) 

With the use of a binder material (XB3366, 

HUNTSMAN chemicals), the preform is held in 

shape. Subsequently, the axial reinforcements are 

placed on the mandrel and it is covered with the 

braided sleeves forming the cylindrical laminate 

(Layup I, TAB. 4). The finished preform is then 

inserted into a RTM-Tooling and infiltrated with the 

Epoxy resin ‘Araldite LY556 / Aradur HY917’ 

(HUNTSMAN Chemicals). The manufactured shaft 

body is then cut into four pieces with a length of 

170 mm each. 

TAB. 4: Laminate layup overview 

layup layers orientation thickness 

1 1-2 +- 45° 0,53 mm 

 3 0°  -  

 4-7 +- 45° 1,06 mm 

2 1-2 +- 45° 1,33 mm 

 3 0°  -  

 4-7 +- 45° 2,66 mm 

 

 

 

 

 

 

5.2 Mechanical testing 

The manufactured specimens are subjected to torque 

loading, using a tension-torsion testing machine 

‘Zwick/Roell Z250’ with the ultimate torque capaci-

ty of 2000 Nm. The test is performed under compen-

sation of axial loads with an application of torque 

using a twist speed 5°/min (quasi-static). 

To get a first indication on the dynamic behavior, 

the load is applied in load steps (see FIG. 13). To 

determine a suitable start value ‘A’, one specimen 

for each geometry is tested for failure. ‘A’ is then 

chosen with half the failure load. If no failure oc-

curs, the load level is increased successively by 

50 Nm until a failure is detected.  

 

FIG. 13: Load step configuration (left), torque test set up (right)  
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5.3 Results 

The following figure shows the achieved failure load 

levels with a reference to the shaft cross-section 

(FIG. 13). The very small deviations in failure loads 

indicate a reproducible process. 
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FIG. 14: Ultimate torque capacity of driveshaft test specimen wit 

different geometries of the cross section 

The following figures show the prediction accuracy 

of the applied failure criteria. In the background 

columns (light grey), the experimentally determined 

failure load is given. In the front columns (dark 

grey), the predicted load bearing capacity of the 

shaft according to the three different criteria is 

shown. The white numbers give the material effort 

for each criterion with a value of ‘1’ implying fail-

ure. A white frame highlights the predominant fail-

ure phenomenology as observed in the experiment. 
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FIG. 15: Experimental failure load for shaft geometry Geo1 (light 

grey, background) compared with predicted failure loads according 

to the different failure criteria (dark grey) 

For shaft geometry Geo1, a high level of material 

utilization was reached. All predicted load bearing 

capacities were exceeded by the experimental values 

(FIG. 15). The failure phenomenology resembled the 

pictures d/e/f in FIG. 5.  
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FIG. 16: Experimental failure load for shaft geometry Geo2 (light 

grey, background) compared with predicted failure loads according 

to the different failure criteria (dark grey) 

Shafts with geometry Geo1 feature eight less pro-

nounced teeth. Those fail according to phenomenol-

ogy b/c in FIG. 5 due to interlaminar shear in region 

IV (FIG. 4). The material effort in region II and III is 

also high with values of 1,48 and 0,87 (FIG. 16). 
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FIG. 17: Experimental failure load for shaft geometry Geo3 (light 

grey, background) compared with predicted failure loads according 

to the different failure criteria (dark grey) 

For the shaft geometries with the thick walled lami-

nate, the material effort in the region IV drops to a 

level of approximately 50% (FIG. 17, FIG. 18). Ac-

cordingly, the shafts featuring Geo3 fail with bared 

teeth (picture ‘a’ in FIG. 5), the shafts featuring 
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Geo4 fail due to shear. This behavior agrees well 

with the calculated material efforts. 
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FIG. 18: Experimental failure load for shaft geometry Geo4 (light 

grey, background) compared with predicted failure loads according 

to the different failure criteria (dark grey) 

When comparing the experimental results with the 

simulation results, the following observations can be 

made:  

 The newly developed shear criterion predicts the 

failure with an accuracy of -32% and +29% or 

better 

 For the thin walled geometries, the failure pre-

diction in region III by the CUNTZE BD criteri-

on exhibited an accuracy of +7% and -13% 

 The fiber failure criterion in region II is con-

servative with a factor of 2,2 or 2,04 respectively 

when fiber fracture in the teeth root is a predom-

inant failure mode. 

The deviations in the results could be attributed to 

the input material data and the complex stress state 

in the examined regions of interest. A repetition of 

simulations with especially determined material data 

is advised. 

6. Conclusions 

In this paper, a novel approach to design, dimension-

ing and manufacturing for high performance compo-

site driveshafts is presented. After introducing the 

design guideline GWeN for the efficient develop-

ment of composite driveshaft products, the investi-

gations concerning a shaft-hub connection with a 

profiled shaft cross-section are presented. 

Besides mechanical performance, this connection 

type is designed for a highly automatable, continu-

ous manufacturing and an efficient assembly pro-

cess. The shape of the cross section is dominant not 

only for load introduction but also for the global 

mechanical performance of the shaft. Therefore, a 

parametrical, highly detailed FE-Model was created 

and used for the simulation of the mechanical load 

bearing behavior. To take into account the specific 

failure phenomenology, a novel failure criterion for 

interlaminar shear was developed on the basis of the 

well established CUNTZE failure criterion. 

To assess the load bearing capacity of the novel 

shaft-hub-connection prototypic shafts have been 

manufactured and tested. The prototypic manufac-

turing procedure was using a continuous preforming 

process, thus validating the developed serial manu-

facturing process. High failure loads with very low 

scatter indicate an excellent reproducibility of the 

elaborated manufacturing concept.  

The comparison of experimental test results with the 

performed simulations, utilizing the especially de-

veloped interlaminar Shear Criterion, show good 

agreement. 
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1 Introduction 

Hybrid composite have been researched by many 
researchers because hybrid fiber or resin gives 
composite great mechanical performance which 

composite made from sole fiber or resin does not 
achieve. Hybrid composites are expected to be 
highly-functional properties because of eliminating 
weakness and developing merit each other. Most 
popular hybrid composite is hybrid fiber composite 
and two or more different reinforcing fibers such as 
glass fiber, carbon fiber and aramid fiber are used in 

one composite[1].  
In this study, braiding structure was employed as 

reinforcements to achieve hybrid fiber structure.  In 
braided fabrics, the fiber bundle called middle end 
yarn (MEY) can be inserted between braiding fibers 
in longitudinal direction, so that the excellent 
mechanical properties were expected. In addition, 

the braided fabrics by using various kinds of 
braiding fiber and MEY with different properties can 
be fabricated. Therefore, concept of hybrid 
composite can be easily applied by using braiding 
technology and the mechanical properties of the 
braided composite can be designed according to the 
requirements. The concept of fiber hybrid composite 
was expansively applied to FRTP[2]. 

The purpose of this study is to clarify the 
impregnation process of hybrid fiber braided FRTP 
and relationship between impregnation property and 
mechanical property. In order to examine the 
impregnation process, cross-sectional observation of 
moldings with different molding time and braiding 
structure was performed.After that, impregnation 

process of fiber hybrid FRTP for pultrusion was 
investigated by stopping pultrusion molding in 
midstream and effect caused by pultrusion speed to 
impregnation state. 
 
 

2 Materials and molding method 

2.1 Intermediate materials  

To clarify the process of impregnation for fiber 
hybrid FRTP, carbon fiber (T700-50C-12000 (sizing 
content : 1.1wt%), T700-60E-12000 (sizing content: 
0.2wt%), 800tex, TORAY) and aramid fiber 

(Kevlar29-12000 660tex, TORAY Dupont) were 
used as the reinforcement while the PA66 resin fiber 
(L-235T35B PA66235dtex, melting temperature: 
265 °C) was used as the matrix resin. Commingled 
yarns made from these materials are listhed in 
Table1. “Com-” indicates “Commingled yarn of”, 
CH and CL indicates carbon fiber with high or low 

sizing content. Vfi was defined as the Vf of 
reinforcing fiber at intermediate material. Dispersion 
ratio was defined as the ratio of dispersion between 
reinforcing fiber and resin fiber. If dispersion ratio 
was increased, impregnation distance was decreased. 
 

Table 1 Commingled yarns. 

 
 

2.2 Fabric 

The structure of braided fabric for heat 
compressing was shown in Figure 1. Carbon fiber 
or aramid fiber and PA66 were commingled and it 
was used as the braided yarns (BYs) and MEYs. 

Tubular braided fabric was fabricated with 16BYs 
and 8 MEYs.  
In this study, 5 types of braided fabric were used as 

specimen for molding. These braided fabrics are 
listed in Table 2. The left side of sample name 
means the reinforcement fiber used as braiding yarn 
andthe right side of sample name means the 

reinforcement fiber used as MEY. 

Sample name Reinforcing fiber Vfi(%) Dispersionratio(%) Contact angle (deg)

Com-CH Carbon fiber (1.1wt%) 48 58.6 33

Com-CL Carbon fiber (0.2wt%) 48 79.6 8

Com-A Aramid fiber 49 68.7 10
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Figure 1 Structure of braided fabric. 

 
Table 2 5 types of braided fabric. 

 
 

3 Molding method and condition 

3.1 Heat compressing 

In order to investigate the impregnation state of 
fiber hybrid FRTP and sole FRTP, braided 
composite was fabricated by compression machine 
as shown in Figure 2. Braided fabric was inserted 
into molding die and was molded. Molding pressure 

and temperature were kept as 0.1MPa and 290 
degree, the molding time was changed as 1, 3, 5, 10, 
15min. Finally, braided composite plate (20mm in 
width, 200mm in length) was molded and the cross-
sectional observation was carried out. 
 

 
Figure 2 Heat compressing. 

 
3.2 Pultrusion 

The pultrusion line is shown in Figure 3. 
Braided fabrics were pulled into the pultrusion die 
having a cylindrical hole. During the passage into 
the die, the resin fiber of the braided fabric melted 
and impregnated into reinforcing fiber. A preheating 
die and a molding die were prepared for the forming 
of the pipe. The braided fabrics were pre-heated in 

the preheating die up to near melting temperature 
(160 °C) of the resin fiber for easier impregnation. 
The molding die had the cylindrical hole with 18 
mm diameter and diameter of the mandrel was 

15mm, so the cylindrical tube with 1.5mm thickness 

was obtained by this pultrusion system.  
The molding die is shown in Figure 4. The length of 
the molding die was 1500 mm, which was separated 
into 8 heating zones. The temperature at each 
sections of the molding die was set at 290, 290, 290, 
290, 290, 285, 280, 275°C from the entrance side, 
respectively. The mandrel had also a heater and set 

at 230°C during pultrusion.  The pipe was pulled out 
continuously by pulling system. 
 

 
Figure 3 Pultrusion system. 

 

 
Figure 4 Positions of heaters. 

 
3.3 Stopping pultrusion in midstream 

In order to investigate the impregnation process 
during molding, pultrusion molding was interrupted. 
Then the sample inside of the molding die was taken 
out and cross-sectional observation of the composite 
cut in each position corresponding to (a) to (e) in 

Figure 5 was carried out by using optical 
microscopy. In this stopping pultrusion in mid-
stream, braided fabrics of A/A, A/CL and CL/CL 
were used as specimen.  
 

 

Figure 5 The points measuring impregnation ratio 

4 Experiments  

+θ-θ

Braided yarn (BY)

The distance between 

braided yarns

Braiding angle

Middle end yarn (MEY)
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IMPREGNATION PROCESS FOR FIBER HYBRID BRAIDED  

 THERMOPLASTIC COMPOSITES 

4.1 Dispersion ratio 

In order to quantitatively evaluate the dispersion 
state of fibers in intermediate material, dispersion 
ratio was defined. The intermediate material was 
inserted into heat-shrinkable tube and the tube was 
deflated by heating. Then, the tube was formed into 
cylindrical shape and fibers were densely packed. 
The tube was embedded in a resin, and then cross-

sectional observation was performed. 
Figure 6 shows the definition of dispersion ratio. 

First, straight lines were drawn on the parabola with 
each 30 degree on the cross-sectional photograph. 
There was a continuous reinforcing fiber and resin 
fiber along the diameter line on the cross-sectional 
photograph of fiber bundle. The length of 

reinforcing fiber and resin fiber along the diameter 
line were measured. Dispersion ratio was expressed 
by Eq.(1).The value that average distance of first 
fiber-assembly to second fiber-assembly divided by 
total distance of both fibers was calculated. Each 
dispersion ratio was defined by subtracting the value 
from 1. As average distance of fiber area are 
becoming small, dispersion ratio comes close to 

100%, and the minimum value is 50%. 
 

  

(1)

 

 

 

Figure 6 Definition of dispersion ratio. 
 

4.2 Cross-sectional observation 

The cross section of each molding was observed 
with the optical microscope. For the observation on 
cross section, the samples were emery grinded 
(#100~#2,000) and buffed (alumina particle, average 
particle size: 100 nm) after they were embedded in 
epoxy resin. After cross-sectional observation, un-

impregnation ratio of each specimen was calculated. 
The definition of un-impregnation ratio is shown in 
Figure 7. Un-impregnation ratio was defined as the 
area of un-impregnation area divided by the area of a 
fiber bundle. 

 
Figure 7 Definition of un-impregnation ratio. 

 
4.3 3-point bending test 

The three-point bending test was conducted to 
estimate the mechanical properties. In this test, 
INSTRON type-4206 was used as the universal 
testing machine. Conditions of the experiment were 
as indicated below: span length was 80mm, 

specimen length was 110mm, and testing speed was 
3mm/min. 

 

5 Results 

5.1 Investigation of intermediate material 
In order to investigate the intermediate material, 

dispersion ratio and contact angle was measured as 
shown in Table 3. Dispersion ratio of Com-CL was 

the highest, that of Com-CH was the lowest. Contact 
angle of Com-CL was the lowest, that of Com-CH 
was the highest. According to these results, it was 
considered that impregnation property of Com-CL 
was best and Com-CH was poorest because of those 
impregnation distance and wettability.   
 

Table 3 Dispersion ratio and contact angle 

 
 
5.2 Impregnation state for heat compressing 

Cross-sections of moldings consisted from sole 
material molded by each condition (molding time: 
1min, 15min) are shown in Figure 8 to Figure 10. 
Cross-sections of consisted from hybrid material 
molded by each condition (molding time:1min, 

15min)  are shown in Figure 11and Figure 12. 
According to Figure 8 to Figure 12, it was clarified 
that un-impregnation area and the area of resin-rich 
were decreased with increasing of molding time.  
Relationship between un-impregnation ratio of sole 

material (CH/CH, CL/CL, A/A) is shown in 
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Figure13. Relationship between un-impregnation 

ratio of hybrid material (A/CH, A/CL) is shown in 
Figure 14 and Figure 15. 
According to Figure 13, each un-impregnation 

ratio of CF with 1.1wt% of sizing content at all time 
was higher than that of CF with 0.2wt% of sizing 
content. It is because that Com-CH had low 
dispersion ratio and poor wetting ability because of 

the high sizing content 
According to Figure 14, un-impregnation ratio of 

CH in fiber hybrid structure was decreased 
compared to that of CH in sole structure. The 
quantity of contacted resin of Com-AF around CF 
was increased in the case of Fiber hybrid structure of 
AF/CF (1.1wt %) 

According to Figure 15, in the case of fiber hybrid 
braided fabric which has MEY with CF of 0.2wt% 
sizing content, the un-impregnation ratio of MEY 
was increased at all molding time. The thermal 
conductivity of CF(80~800(W/mK)) was higher 
than AF (2~4(W/mK)), so that MEY of CF had 
longer essential molding time than BY of AF . Here, 
essential molding time was defined as the molding 

time over melting temperature. The time to melting 
temperature of AF was longer than that of CF 
because of low thermal conductivity of AF. 

 

 
Figure 8 Cross-section of CH/CH (sole). 

 

 
Figure 9 Cross-section of CL/CL (sole). 

 

 
Figure 10 Cross-section of A/A (sole). 

 

 
Figure 11 Cross-section of A/CH (hybrid). 

 

 
Figure 12 Cross-section of A/CL (hybrid). 

 
Figure 13 Impregnation process of sole composite 

(CH/CH, CL/CL, A/A). 
 

 
Figure 14 Impregnation process of hybrid composite 

(A/CH). 
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 THERMOPLASTIC COMPOSITES 

 
Figure 15 Impregnation process of hybrid composite 

(A/CL). 
 

5.3 3-point-bending test 

Specimens for 3-point-bending test were same 

as press molding and its molding was 15min. 

The result of three-point bending test was 

shown in Table 4. According to Table 4, 

comparing CH/CH and CL/CL, bending 

modulus and strength of CL/CL were twice 

higher than that of CH/CH and comparing 

A/CH and A/CL, bending modulus and strength 

of A/CL were higher than that of A/CH. The 

cause of these results was difference of un-

impregnation ratio. It was clarified that bending 

modulus and strength were increased with 

decreasing un-impregnation ratio. 

Relationship between bending modulus or 

strength and un-impregnation ratio was shown 

in Figure 16 and Figure 17. These relationships 

were made by CH/CH and CL/CL. According 

to Figure 16 and Figure 17, it was clarified that 

bending modulus and strength were increased 

with decreasing of un-impregnation ratio. This 

result suggested that it was important making 

design to decrease un-impregnation ratio. 

 

Table 4 Result of 3-point-bending test. 

 
 

 
Figure 16 Relationship between elastic modulus and 

un-impregnation ratio. 
 

 
Figure 17 Relationship between bending strength 

and un-impregnation ratio. 
 

5.4 Stopping pultrusion in midstream 

 Cross-sections of A/A, CL/CL and A/CL made by 
molding method of stopping pultrusion in midstream 
were shown in Figure 18 to Figure 20. In these 
pictures, width, void and un-impregnation area were 
decreased in tapa area of (a) to (d), but cross-section 
of near tapa end (d) and straight area of (e) were 

similar. According to this result, it was clarified that 
impregnation were performed only tapa area and not 
mostly performed in straight area. 
 To calculate essential molding time, temperature 
history was measured and shown in Figure 21. 
Essential molding time was defined as product set 
both of the time in which material was in taper zone 
of the molding die and the time in which material 

temperature was over melting temperature. Essential 
molding time can be calculated by temperature 
history and pultrusion speed. According to Figure 21, 
it was clarified that essential molding time was 9 
min in this pultrusion design. 
 Relationships between un-impregnation ratio and 
essential molding time were shown in Figure 22 to 

Figure 24. In these figure, dot line show end of 
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molding die. In figure 22 to figure 24, first, 

impregnation did not start before 0 min of essential 
molding time because resin did not melt in this time. 
Second, it was clarified that un-impregnation ratio 
was decreased until tapa end same as cross-sections 
of A/A, CL/CL and A/CL.  
In Figure 24, in the case of fiber hybrid braided 

fabric which has MEY CL, the un-impregnation 

ratio of MEY was increased at all molding time. 
This phenomenon was caused by same reason as 
A/CL made by heat compression in 5.2. 
 

 
Figure 18 Impregnation process of A/A. 

 

 
Figure 19 Impregnation process of CL/CL. 

 

 
Figure 20 Impregnation process of A/CL. 

 

 

 
Figure 21 Temperature history of pultrusion. 

 
 

 
Figure 22 Relationship between un-impregnation 

ratio and essential molding time of A/A. 
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Figure 23 Relationship between un-impregnation 

ratio and essential molding time of CL/CL. 
 

 
Figure 24 Relationship between un-impregnation 

ratio and essential molding time of A/CL. 
 

 
5.5 Difference of impregnation process by heat 

compressing and pultrusion. 

 Differences of impregnation process by heat 
compressing and pultrusion were shown in Figure 25 
and Figure 26. Difference of aramid fiber was shown 
in Figure 25 and difference of cabon fiber was 
shown in Figure 26.  

In Figure 25, the curve pultrusion was in upper side 
comparing to the curve of heat compressing. It is 
considered that the reason of this gap between two 
curves was caused by difference of molding pressure.   
In Figure 26, it is considered that the curve of 

pultrusion can be shifted to left by more pre-heating 
and the difference of convergent point was caused 

by molding pressure from difference molding 
method.   
 According to these result, this pultrusion system 
must be improved by adding longer pre-heater for 
longer pre-heating time and making some system for 
adding more pressure to braided fabric. If these 
system developed these system, molding which has 

same quality as made by heat compressing will be 

able to molded continuously. 

 
Figure 25 Difference of  relationship between un-
impregnation ratio and essential molding time for 

aramid fiber. 

 
Figure 26 Difference of  relationship between un-
impregnation ratio and essential molding time for 

carbon fiber. 
 
5.6 Effect of pultrusion speed to impregnation 

state of molding 

 In this section, to investigate effect of pultrusion 

speed to molding condition, pultrusion for A/CL was 
performed with several pultrusion speed (30, 50, 100, 
150 mm/min). Molding condition was same as 3.2. 
Cross-sections of each speed was shown in Figure 
27 to Figure 30 in order of pultrusion speed of 
slowness. In Figure 29 and Figure 30, pipe outer 
diameter s were not constant because cooling at exit 

of molding die was not enough. In addition, it was 
clarified that one layer was broken because of 
increasing of pultrusion friction in these Figures.  
 Relationship between un-impregnation ratio and 
pultrusion speed was shown in Figure 31. According 
to Figure 31, it was clarified that un-impregnation 
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ratio was increased with increasing of pultrusion 

speed. It was because that essential molding time 
was decreased because of decreasing of staying time 
in molding die if pultrusion speed was increased.  
 Responding to these result, it was considered that 
extending molding die and decreasing of pultrusion 
friction would be beneficial for improving of 
pultrusion speed.  

 
 

 
Figure 27 Cross-section of 30 mm/min. 

 
 

 
Figure 28 Cross-section of 50 mm/min. 

 
 

 
Figure 29 Cross-section of 100 mm/min. 

 
 

 
Figure 30 Cross-section of 150 mm/min. 

 

 
Figure 31 Relationship between un-

impregnationratio and pultrusion speed 
 

6 Conclusions  

By investigation of intermediate material, the 
wettability of CF with lower sizing content of 
0.2wt % was better than that of CF with higher 
sizing content of 1.1wt %.  
By comparing cross-sectional observation of sole 

or hybrid FRTP with various molding times, it was 
clarified that impregnation process in same fiber 

bundle was changed according to the combination of 
AF and CF. It is considered that these results can be 
applied to various design of molding FRTP like 
pultrusion.  
 By investigating impregnation process of pultrusion 
by stopping pultrusion molding in midstream, it was 
clarified that impregnation was performed in only 

tapa area in molding die and aramid fiber filled the 
role of insulator to carbon fiber same as heat-
compress molding. 
 By investigate relationship between molding state 
and pultrusion speed, it was clarified that molding 
state was made worth with increasing pultrusion 
speed because of decreasing essential molding time 
and increasing pultrusion friction.  
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1 Introduction 

 

Historically, research on composite manufacturing 

technology has focused on performance rather than 

cost considerations. As a result, only a handful of 

industries, eg. aerospace,  have been able to afford 

the use of composite structures in their products. 

Nowadays, however, as composites are increasingly 

being incorporated in a wide variety of applications, 

performance is no longer the only consideration. 

Composites are also required to be cost effective. 

Automation of manufacturing processes along with 

resin infusion techniques has been regarded as the 

solution to produce improved quality at low cost. 

However, compared with metal industry, where 

manufacturing process automation is widespread, 

composites industry has a limited variety of 

automated processes. The industry is evaluating new 

manufacturing technologies and investing in 

research to develop them [1-3]. In this context, the 

present paper reports the development of a novel 

process to manufacture preforms using dry fibres. 

This technology has been named as Robotic Dry 

Fibre Placement (RDFP). Before presenting the 

work developed with RDFP, it is convenient to make 

a brief review of other three processes which are 

very closely related. 

 

 Automated Tape Laying (ATL). 

 Automated Fibre Placement (AFP). 

 Tailored Fibre Placement (TFP). 

 

The first designs of ATL and AFP machines can be 

traced back to patents issued in the early 1970's. 

Both processes have many characteristics in 

common. They use a manipulator under computer 

control which drives a delivery head to lay-up 

prepreg tape under controlled conditions. The 

machines on both processes allow the rapid 

deposition of prepreg to either a flat or curved mould 

to manufacture complex structures, Figure 1. The 

heads used on ATL and AFP are quite complex 

pieces of machinery. The heads have the capability 

to unwind the prepreg tape from the roll, peel off the 

backing material, place the prepreg on the mould 

using a pressure roller, cut off the prepreg at the end 

of the trajectory and then restart the process all over 

again. 

 

 

Figure 1. Schematic of prepreg lay-up head [4]. 

 

The main difference between ATL and AFP 

machines is the width of the tape being handled [5]. 

ATL process deposits a single, wide, unidirectional 

reinforced tape [4]. Due to the width of the tape, the 

ATL machines are limited to the manufacturing of 

flat or single curvature structures. AFP uses multiple 

individual narrow tows of tape to form a band. Each 

tow can be stopped, cut, and restarted individually 

during the manufacturing. This allows the head to 

deliver each tow at its own speed, making possible 

to lay-up over moulds with complex geometries and 

to deposit the material following curvilinear paths 

[4]. 
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At the present, ATL and AFP have achieved a high 

degree of maturity. Both processes are the main 

technologies used to manufacture large composite 

structures in aerospace industry. Lukaszewicz, Ward 

and Potter [5] make an exhaustive literature review 

of these two processes citing up to 111 sources. 

They point that the quantity of research being 

developed to improve existing thermoset lay-up 

processes is indeed increasing.  

 

The TFP process, Figure 2, uses an embroidery head 

which stitches a single carbon tow or a glass roving 

onto a thin substrate. This process offers the 

possibility to lay-up in the orientations of the 

principal stresses expected to be developed by the 

structure once subject to load [6]. 

 

 

Figure 2.Tailored fiber placement process [7]. 

 

The RDFP process use a flat tool with pins 

implanted on it. The delivery head passes a tow of 

dry fibre reinforcement around two pegs to form a 

straight segment of fibre. This process is repeated to 

deposit several segments, each one, parallel to the 

other in order to form a layer, Figure 3. The use of 

pins is necessary to hold together the layers being 

manufactured because unlike a prepreg material the 

dry fibres do not have any tackiness [8][9][10][11]. 

The operation is accomplished by a 4-DOF 

Cartesian manipulator with a work envelope of 3m x 

2m x 0.6 m. The manipulator is based entirely on 

FESTO electrical drives and controls, Figure 4. 

 

 

 
 

 

 

The robotic dry fibre placement process has already 

some degree of development as it has been used 

previously to manufacture flat and rectangular 

shaped reinforcements [10][11]. However further 

success of this method in an industrial or 

commercial environment depends on the feasibility 

of its application on manufacturing preforms with 

complex shapes. The handling problems associated 

with long and continuous dry fibres mean that the 

progress in the development of machinery to 

manufacture preforms from dry fibres has been 

comparatively slow. 

 

2. Objectives 

 

This study pursues the following objectives: 

 

 Develop the RDFP manufacturing process to 

make composite structures form dry fibres. 

 Produce preforms with a large number of 

layers in 0, 90 and ±θ orientations and with 

single or double curvature geometries for 

aerospace applications. 

 Incorporate through the thickness 

reinforcement using robotic tufting 

technique. 

 

 

Figure 3. Robotic dry fibre placement concept. 
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3. Experimental 

 

3.1. Ply-book design. 

 
A ply-book is a collection of layouts which contain 

information about the shape, orientation of the fibres 

and thickness of each one of the layers comprising 

the preform [12]. The ply-book layouts help to 

determine the positions where the pins will be 

mounted on the pin board.  

 
The ply-book generation technique is based on the 

mathematical concept of level curves [13]: 

 

Definition 1. If  is a scalar-valued function 

of two variables,   then its graph is the 

surface formed by the set of all the points  

where . 

 

Definition 2. A level curve of a function   is 

the curve of points  where . 

 

As an example, the Figure 5 shows the graph of the 

function,  , an elliptic 

paraboloid. It can be noticed that when the plane 

 intersects the surface , the result 

is the curve with eq.  . Such 

intersection is the trace of the graph of  in 

the plane   or contour curve. The set of points 

 in the xy-plane that satisfy  is 

called the level curve of f at c, and the entire family 

of level curves is generated as c varies over the 

range of f [13]. 

 

 

Figure 5. The graph of the function is shown along 

with a set of level curves plot hovering above the 

graph [14]. 

 

Applying the above discussion to composites 

manufacturing, the graph of the function 

 represents the composite to be 

manufactured. The trace of the graph of f in the 

plane  represents one ply. The family of 

contour curves represents the ply-book. 

 

The ply-book creation is a standard tool to develop 

reinforcements from a variety of manufacturing 

processes such as hand layup, ATP or AFP. These 

processes, along with the RDFP process, can be 

visualized as the inverse of CNC milling processes 

because they create a tri-dimensional object by 

laying-up and stacking layers of material instead of 

cutting and removing material [4][10]. Indeed these 

processes can be regarded as a form of 3D printing. 

 

 

Figure 4. 4-DOF Cartesian manipulator. 
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3.2. Tooling design. 

 

The wrist of the manipulator was equipped with a 

lay-up head built completely in aluminum as shown 

in Figure 6. The lay-up head was conceived to have 

a slim and modular design. This makes the tool easy 

to maintain and minimizes the inertia of the arm, 

allowing the robot to deposit fibre at speeds as high 

as 600 mm/s. 

 

 
 

 

 

 

3.3. Development platform. 

 

During this research the FESTO Configuration Tool, 

FCT, and the FESTO teaching language, FTL, were 

employed as development platforms.  

 

FCT is a tool for configuring and commissioning 

electrical drives manufactured by FESTO. FCT 

provides a friendly environment to configure devices 

with minimal effort. FCT also works as an IDE from 

where projects written in FTL can be edited, 

managed and uploaded to the controller’s memory. 

 

FTL is an interpreted programming language used to 

program the FESTO CMXR controllers. The FTL 

includes a library of functions to control the 

kinematics of the 4-DOF Cartesian robot in a 

transparent way. A set of functions to move the 

kinematics in linear and circular arc paths and to 

define and reference new coordinate systems are 

included.  

 

Previous researchers [10][11] used CoDeSys as 

development platform. CoDeSys is a software 

development tool which converts any PLC into a 

IEC 61131-3 controller. CoDeSys includes and 

Integrated Development Environment (IDE). Also 

implements the four programming languages defined 

by the IEC 61131-3 standard [15]. CoDeSys can 

generate machine code for a wide variety of CPU’s 

in a development PC. However, with CoDeSys is 

responsibility of the programmer to write code from 

scratch to control the kinematics of the manipulator. 

FCT and FTL help to reduce significantly the 

development times by allowing the programmer to 

concentrate on application coding. 

 

3.4. Path planning. 

 

Previous to the fibre deposition, the manipulator 

must be programmed to follow a predetermined 

trajectory. This trajectory must avoid collisions with 

any obstacles present in the path of the tool. Ideally, 

the trajectory must also maximize the speed of the 

fibre deposition process. During the earlier stages of 

this research, the trajectories were determined 

manually with the aid of a CAD program. For 

example, to produce a layer for a preform of 

rectangular shape, the trajectory shown in Figure 7 

was drawn using a commercial CAD program. This 

path only passes the carbon fibre tow around the first 

set of pins. However, the mould has 40 sets of pins. 

To create the trajectory around the 39 remaining 

sets, a loop in the program makes a translation of all 

the points in the horizontal direction to the next set 

of pins and then the robot makes the travel through 

Figure 6. Lay-up and tufting head. 
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all the newly generated points. The operation is 

repeated until the robot reaches the last set of pins. 

This approach is not suitable for the manufacturing 

of a double curvature preform because it requires the 

manual definition of an individual trajectory per 

each set of pins. The lay-up of a complete layer 

requires the definition of hundreds of points. Even 

the relatively simple trajectory shown in Figure 7 is 

composed by approximately 30 points for one set of 

pins. The computer calculates the trajectories for the 

other 39 sets of pins. In total 1560 points per layer 

are defined. Another drawback of the manual path 

planning approach is that if the configuration of the 

pins change then a whole set of new points must be 

determined. 

 
 

 

 

Therefore, a path planning with complete 

information algorithm, also known in the literature 

as the “piano movers problem” [16][17], was 

programmed in a PC. The aim is to determine 

automatically the trajectory which the robot must 

follow to deposit the fibre while avoiding colliding 

with the pins in the middle part of the mould. 

 

The algorithm requires feeding the computer with 

precise information about the obstacles present 

along the trajectory of the robot, i.e. a map of the 

position of the pins in the middle of the mould. 

Because the robot has full “knowledge” of its 

environment, the whole process of path planning is a 

one-time, off-line operation. This means that for a 

particular configuration of pins it is necessary to run 

the program only once. The output is a file 

containing source code in the language of the 

controller with the declaration of all the points and 

the sequence in which those positions must be 

executed to form a trajectory. Then the source file is 

uploaded to the memory of the controller. 

 

 

Figure 8. Automatic path planning. 

 

3.5. Materials. 

 

During this research work, Toray 12K T700S carbon 

fibre with linear density of 800 tex and 7 micron 

filament diameter was used to manufacture the 

preforms. 

 

Previous to the infusion process, it is necessary 

to remove the preform from the pin-board. To 

keep the fibres arranged, adhesive tape was used 

to consolidate the borders while a commercial 

adhesive spray was employed for the ply drop 

area.  
 

According to the manufacturer, Aerofix 3 is a spray 

adhesive which has been formulated to hold 

glass/carbon fabrics and core materials in place in 

the moulds during the resin infusion process. The 

Figure 7. Manual path planning. 
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manufacturer also states that this adhesive is 

compatible with both polyester and vinylester resins 

without affecting the mechanical performance of the 

preform and not compromising or inhibiting the 

polymerisation of the resin. 
 

 
 

3.6. Resin infusion process. 

 

The SCRIMP method was used to infuse the 

preforms. Araldite LY-564/Hardener XB3486 

system produced by Huntsman was employed to 

form the matrix. 

 
4. Observations and discussion. 

 

The maximum deposition rate at this moment is 0.7 

kg of carbon fibre per hour. This rate has been 

achieved by programming the robot to follow a 

smooth path. However, the accelerations involved in 

guiding the carbon tow around the pegs limit 

severely the rate of deposition. 
 

To the moment, a few components with sculpted 

surfaces have been manufactured. Several samples 

were cut from each composite to inspect the quality 

of the final composite visually and with the aid of 

the microscope.  

 

Removing the preform form the pin-board leave 

some gaps between the fibres. 

 

 

Figure 10. Gaps in between the tows left after pin-

plate removal. 

 

The experiments have shown that the use of the 

adhesive spray Aerofix 3 helps to keep the 

carbon yarns in place, to minimise the shrinking 

of the fibres and the expansion of the loops, and 

to add stiffness on the fibres when they are 

released by removing the central pins, Figure 11. 
 

 

Figure 11. Preform treated with the adhesive in spray. 

 

All the composites presented dry fibres in their 

thickest region. This is the result of an inadequate 

technique of infusion. The vacuum bagging method 

followed in the laboratory works fine for preforms 

not exceeding 5 mm thickness. But from these 

experiments is evident that the standard 

Figure 9.Sample consolidated by applying Aerofix 3 

spray adhesive. 
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methodology employed does not work well with 

preforms with more than 10 mm thickness. 

 

 

 

Figure 12. Microphotography of the sample showing 

voids in the ply-drop region. 

 

Applying and excessive quantity of Aerofix 3 on the 

surface of the preform produces holes around the 

loops where is expected a resin rich pocket. 

 

 

Figure 13. Defects on the surface of a preform caused 

by excesive application of Aerofix 3 product. 

 

In the sample AH1N2, figure14, a reduced quantity 

of Aerofix 3 adhesive was used and the resulting 

quality of the surface improved significantly 

however there was some fibre misalignment after 

removing the central pin plate of the mould. 

 

 

Figure 14. Preform without surface defects due to the 

application of a less quantity of Aerofix 3. 

 

5. Conclusions and future work 

 

Automated manufacturing of composites from dry 

fibres is an area with great potential for future 

research. This work has demonstrated that it is 

feasible to manufacture composite structures with 

the RDFP process. However a there is a considerable 

amount of work to be done to take the RDFP process 

to a level of development that allows its use in 

industry for mass production of composite parts.  

 

The pin frame must be redesigned to minimize the 

waste of fibres in the borders of the preform. 

 

The pin frame must allow a quasi-isotropic 

configuration with the next orientation and lay-up 

sequence 0/+45/90/-45/-45/90/+45/0 (8 layers). 

 

A tool for extracting the pins in the middle part of 

the mould must be designed and built to ensure and 

even extraction and minimize the damage on the 

fibres, help to remove the sample form the mould in 

a clean an efficient way when using less adhesive. 
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The algorithm must be improved to avoid any 

potential for collision. At this point there are still 

some collisions between the tool and the pins. And 

the yarn is not uniformly distributed leading to gaps. 

 

6. Acknowledgment 

 

The first author is financially supported by COnsejo 

NAcional de Ciencia Y Tecnologia, CONACYT, 

México. The research work is part of multi-

functional multi-material preforming project funded 

through EPSRC Centre for Innovative 

Manufacturing in Composites (CIMComp) 

 

References 

 

1. C. Grant “Automated processes for 

composite aircraft structure” Industrial 

Robot: An International Journal, Vol. 33, No. 
2, pp. 117-121, 2006. 

2. M. Bannister “Challenges for composites 

into the next millennium – a reinforcement 

perspective” Composites: Part A, Vol. 32, 
No. 7, pp. 901-910, 2001. 

3. P. Potluri, J. Atkinson “Automated 

manufacture of composites: handling, 

measurement of properties and lay-up 

simulations” Composites: Part A, Vol. 34, 
No. 6, pp. 493-501, 2003. 

4. B.T. Astrom “Manufacturing of Polymer 

Composites” London, UK: Chapman & 

Hall, 1997. 

5. D. H.-J.A. Lukaszewicz, C. Ward, K. D. 

Potter “The engineering aspects of 

automated prepreg layup: History, present 

and future” Composites: Part B, Vol. 43, No. 
3, pp. 997-1009, 2012. 

6. Mattheij, P., K. Gliesche, D. Feltin. “3D 

reinforced stitched carbon/epoxy laminates 

made by tailored fibre 

placement.” Composites Part A: Applied 

Science and Manufacturing 31.6 (2000): 
571-581. 

7. http://commons.wikimedia.org/wiki/File

:Principle_sketch_of_the_tailored_fiber_

placement_process.png last accessed: 

15/06/2013 

8. G. Cahuzac “Method for producing a 

reinforcement in the form of a sheet for a 

composite component”. US Patent 
5,759,321. 1998. 

9. Mattheij, P., K. Gliesche, D. Feltin. “3D 

reinforced stitched carbon/epoxy laminates 

made by tailored fibre 

placement.” Composites Part A: Applied 

Science and Manufacturing 31.6 (2000): 
571-581. 

10. T. Sharif “Robotic approach to low-cost 

manufacturing of 3D preforms with dry 

fibres” PhD thesis, School of Materials, The 
University of Manchester, 2011. 

11. P. Potluri, T. Sharif, D. Jetavat “Robotic 

approach to textile preforming for 

composites” Indian Journal of Fibre & 

Textile Research, Vol. 33, No. 3, pp 333-
338, 2008. 

12. M. Zhou, R. Fleury, W. Dias “Composite 

design optimization – from concept to ply-

book details” Proceedings of the 8
th
 

WCSMO, Lisbon, Portugal, 2008. 

13. M. J. Strauss, G. L. Bradley, K. J. Smith 

“Calculus” 3
rd

 ed. Pretince-Hall, pp. 695-
698. 

14. Nykamp DQ, “Level curves of an elliptic 

paraboloid shown with graph.” From Math 

Insight. http://mathinsight.org/applet/level_c
urves_elliptic_paraboloid_graph 

15. International Electrical Commision, IEC 

61131 Programmable Controllers – Part 3: 
Programming Languages. 

16. A. Datta, K. Krithivasan “Path planning 

with local information” Foundations of 

Software Technology and Theoretical 
Computer Science, pp. 108-121, 1988. 

17. Schwartz, Jacob T., and Micha Sharir. “On 

the piano movers problem I. The case of a 

two‐dimensional rigid polygonal body 

moving amidst polygonal 

barriers.” Communications on pure and 
applied mathematics 36.3 (1983): 345-398. 

 

ICCM19 646

http://commons.wikimedia.org/wiki/File:Principle_sketch_of_the_tailored_fiber_placement_process.png
http://commons.wikimedia.org/wiki/File:Principle_sketch_of_the_tailored_fiber_placement_process.png
http://commons.wikimedia.org/wiki/File:Principle_sketch_of_the_tailored_fiber_placement_process.png
http://mathinsight.org/contributor/dqnykamp
http://mathinsight.org/applet/level_curves_elliptic_paraboloid_graph
http://mathinsight.org/applet/level_curves_elliptic_paraboloid_graph


THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

Nature’s load-bearing materials are paradigms for 
lightweight engineering as they uniquely combine 
stiffness, strength and toughness with low density. 
Spider silk, wood, mother of pearl (nacre), 
crustacean cuticles and bone are prime examples that 
have spurred the quest for bioinspired materials 
engineering. Such biocomposites are characterized 
by ordered structures combining large fractions of 
hard, reinforcing segments with a minor amount of 
soft, energy-adsorbing and lubricating biopolymer. 
The interface between hard and soft is durable and 
well controlled, and, moreover, the materials are 
capable of self-repair and exhibit high resilience and 
fatigue resistance. Nacre exhibits a brick-and-mortar 
architecture in which 95 vol% of CaCO3 
microtablets are arranged in a minority phase of 
biopolymer (Figure 1).  

 
Fig. 1. Natural Nacre with its intrinsic brick and 
mortar architecture. 

Nature very slowly grows such hierarchically 
structured materials into complex shapes in water at 
ambient temperature – a technique inapplicable for 
man-made structural materials manufacturing. 
Importantly, classical polymer processing techniques 
(extrusion, injection molding etc.) fail for 
bioinspired materials as they prevent order 
formation or are simply not feasible due to large 
fractions of reinforcements. At present sequential 
deposition methods and tedious multistep pathways, 

using excessive time and energy, dominate 
preparations of biomimetic model materials; thinnest 
films (1-50 µm) are typically prepared. Future 
generations of synthetic bioinspired materials (at 
best ordered on several length scales, imparted with 
molecular energy dissipation mechanisms and with 
high fractions of reinforcements) will inevitably 
require the development of new processing 
strategies to allow the fabrication of complex shapes 
and bulk materials. This will require to master self-
assembly of nanoscale hard and soft components 
into hierarchically structured complex macroscale 
materials. This contribution discusses how to make 
nacre-inspired films with fast self-assembly methods 
in water and at room temperature. High mechanical 
properties (E = 45 GPa, UTS > 300 MPa) are 
combined with attractive functional properties such 
as high transparency, gas barrier properties and 
remarkable fire shielding. 

2 Results and Discussion 

2.1 Self-Assembled Artificial Nacre  

The general strategy is based on preparing hard/soft 
core/shell nanoplatelets via coating of nanoclay 
(montmorilonite, MTM) with suitable polymers in 
solution. Subsequently these core-shell platelets 
undergo concentration-induced self-assembly during 
water removal [1,2]. The process is both rapid and 
scalable (Figure 2). 
 
 

 
Fig. 2. General approach to self-assembled nacre-
inspired films based on core/shell nanoplatelets with 
intrinsic hard/soft character. 
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A recent extension of this work to using biobased 
carboxymethyl cellulose (CMC) instead of 
previously used petro-chemically based 
polyvinylalcohol (PVA) has also opened the way 
towards increased sustainability of these layered 
composite materials [3]. The final materials are 
composed of a majority fraction of nanoclay (up to 
70 wt%), which are arranged in a highly layered 
arrangement as can be seen in scanning and 
transmission electron microscopy images and further 
quantified by wide angle x-ray scattering (Figure 3). 
The materials can be prepared as self-standing, thick 
films either with rapid filtration/paper-making or 
they can be coated/doctor-bladed from concentrated 
slurries. 

 
Fig. 3. (Left) Large-area film prepared from CMC 
and MTM (6/4 w/w) with ca. 50 µm thickness. 
(Right) Scanning electron micrograph of a 
PVA/MTM nacre-inspired film demonstrating the 
highly layered architecture. 

2.2 Mechanical Properties  

Owing to the highly organized, layered internal 
structure of the materials, we find properties 
exceeding classical polymer/clay nanocomposite 
materials by one order of magnitude. Typical values 
for stiffness and strength range between 10-45 GPa 
and 100-350 MPa, respectively, depending on the 
choice of polymer and the applied covalent or 
supramolecular crosslinking.  
In comparison to the natural role model, nacre, these 
values are in range with respect to stiffness and 
exceed it in terms of strength up to 4 times.  

2.3 Functional properties 

Due to the presence of a majority fraction of 
nanoclay and its organization into a layered 
structure, we find excellent gas barrier properties. 
The extension of the self-assembly concept to 
synthetic clays also allows to combine these gas 
barrier properties with essentially full transparency 

as needed for future flexible barrier materials 
(Figure 4).  
These properties are combined with a remarkable 
fire and heat-shielding ability. On exposure to fire, 
the nacre-inspired films hardly burn and self-
extinguish immediately once the flame is removed. 
Moreover, the materials self-expand into a porous 
ceramic structure and the condensation of the silanol 
groups contributes an auto-cooling due to release of 
water. A permanent barrier against fire can be 
formed.  

 
Fig. 4. (Left) Fully transparent nacre mimetic based 
on synthetic nanoclay and PVA (thickness ca. 30 
µm). Fire-Shielding properties of a ca. 50 µm thick 
film of CMC/MTM (6/4 w/w) 

In summary the strategy provides a facile approach 
to bioinspired nanocomposites marrying both 
excellent mechanical and functional properties. The 
bioinspired design manifests in the structural control 
achieved by self-assembly, realizing a majority 
fraction of activated reinforcements, and the well-
ordered hard-soft layers and excellent global 
alignment of them (brick and mortar architecture). 
Further biomimetic design in future should aim at 
developing molecular energy-dissipation 
mechanisms for the soft phase and enlarging the 
platelets thickness to be closer to the real natural 
dimensions of the platelets in nacre.  
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1 Introduction 
Processing of thermoplastic composites, using 
Automated Tape Placement (ATP), is a viable 
alternative for many applications [1-3]. ATP is a 
continuous welding process involving heating of the 
opposite sides of the incoming tape and substrate, 
pressing them together to promote matrix diffusion 
across the interlaminar interface and cooling them to 
allow solidification of the molten matrix. The 
process has been used by aerospace companies for 
more than two decades with varying degrees of 
success. Recent material and technological 
advancements offer a good opportunity to further 
enhance the process efficiency and effectiveness. In 
this paper, we first briefly review the existing 
process technology. The aim is to highlight the 
significant influence of the laser heat source on 
process physics, when all the other process 
parameters, including the amount of heat input, are 
kept identical. We also report our recent efforts to 
model the process numerically and characterise it 
experimentally. The main conclusion from this study 
is that appropriate thermal design of the process is 
key to achieving significant improvements in 
mechanical properties of final parts.  
 
2 Welding vs. In-Situ Consolidation 
Welding of thermoplastics is a manufacturing 
process for joining two different polymer parts or 
layers by fusion and consolidation of the interface 
[4]. As the interlaminar interface is the main process 
zone, the thermal energy necessary for the process is 
aimed to be limited to this zone only. A variety of 
methods are used to supply the necessary thermal 
energy. Consolidation involves establishment of 
intimate contact between opposite surfaces of two 
different parts or plies (intimate contact), 

intermolecular diffusion of polymer chains across 
the interlaminar interface (healing) and void removal 
or minimisation. The weld joint efficiency is defined 
as the ratio of the mechanical properties of the weld 
zone material to the bulk material and is preferred to 
approach unity, giving visually unseparable plies [3, 
5].  
 
In autoclave processing, uniform application of 
thermal and pressure cycles to the bulk of the 
material over longer time periods facilitates uniform 
void reduction through void bubbling, void 
migration, void coalescing and void collapse 
mechanisms, leading to the highest level of 
consolidation (i.e. visually, structurally and 
morphologically inseparable layers) and highest 
achievable mechanical properties. In contrast, in 
most of the welding processes, small weld zone size 
limits void reduction, while different processing 
conditions for the bulk tape material and weld zone 
lead to differences in their properties. Both of these 
factors lead to lower mechanical properties of 
welded parts. This shortfall in the properties of the 
welded parts has led researchers to modify the 
process to achieve in-situ consolidation of multiple 
layers rather than just the interface, e.g. Tierney et 
al. have reported that multiple consolidation cycles 
lead to better consolidation of the entire part and 
hence, better mechanical properties [6]. This 
requires larger weld pool size and controlled heating 
and cooling rates to increase the available time 
period for various mechanisms. Furthermore, 
consolidation pressure needs to be applied for 
prolonged time periods to prevent deconsolidation. 
Some rearrangement of fibre network is also 
possible with in-situ consolidation [5]. It has been 
suggested that many of the newly developed tapes, 
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THERMOPLASTIC COMPOSITES: IN-SITU CONSOLIDATION OR  

IN-SITU WELDING 

having much better quality in terms of void fraction 
and surface roughness, only need interfacial 
consolidation and offer further possible gains in 
process speed and efficiency. However, it is 
important to note that most of the old as well as new 
tape materials have maximum crystallinity level of 
15% and any further increase in crystallinity levels 
will require either autoclave or in-situ consolidation.  
 
3 Laser ATP process 
Many different thermal sources such as open flame, 
hot gas, hot shoe, laser, infrared radiation etc., have 
been used in ATP [7]. Of these, hot gas is the most 
popular heat source and has been investigated in 
great detail, both numerically and experimentally [3, 
8]. The main drawbacks of the process are poor 
thermal efficiency, poor dynamic control over the 
thermal energy input and lower process speed [7]. 
The potential for employing laser heat input in the 
tape placement process was recognised early on and 
has been investigated by a number of researchers [1, 
2]. The narrowly focused laser beam allows 
optimum heat input to a localised area, while 
offering faster dynamic control. 
 
At the Irish Centre for Composites Research 
(IComp), a laser ATP machine has just been 
installed for research on thermoplastic composite 
tape placement with in-situ consolidation. The 
machine has a diode laser with 3 kW power, and 
laser wavelength around 800-900 nm, giving more 
than 99% energy absorption by the carbon fibres. 
The surrounding matrix then indirectly heats up to 
melt. The laser beam is spread through optics to give 
a range of spot sizes depending upon the distance 
between the lens and the nip point. The spot size 
varies between 14x26 mm to 28x50 mm, i.e. the 
machine can process tape widths between 12.5 mm 
and 25 mm. Active cooling of the laser optics 
maintains various components at the working 
temperature. The stainless steel (SS) consolidation 
roller, 80 mm in diameter, is hollow from inside to 
facilitate active cooling. It is supported by a 
pneumatic cylinder, which allows application of the 
required consolidation pressure.  
 
4 Numerical Model 
The personal safety hazard due to high intensity 
laser and high temperatures leads to inaccessibility 

of the part during laser ATP processing. Thus, 
numerical simulations could prove useful in 
enhancing the understanding of the process physics. 
The thermal modelling of the laser ATP process has 
been done using COMSOL Multiphysics®. The 
model uses a quasi-steady assumption since, under 
constant boundary conditions, the temperature 
distribution near the nip point can be expected to 
remain steady [1, 2]. The geometric model for the 
governing equation [Eq. 1], comprising the hollow 
SS roller, a portion of the incoming tape and 
substrate and a portion of the substrate down from 
the nip point, is shown in Fig. 1. The substrate is 
assumed to 1.9 mm thick (approx. 13 layers), while 
the incoming tape is 0.14 mm thick. Table 1 lists the 
material properties and process parameter values 
used in the simulations. The substrate is at the 
mandrel temperature, while the incoming tape is at 
room temperature. Radiative boundary conditions 
are imposed on the substrate top surface. In addition, 
heat loss through convection is modelled for the top 
surface of the substrate. Energy input via laser 
irradiation is modelled as boundary heat input for a 
portion of the incoming tape and the substrate. The 
substrate bottom surface is maintained at the 
mandrel temperature, while a constant temperature 
boundary condition is maintained at the roller outer 
surface. Two different process speeds were used: 
0.01 and 0.1 m/s. Equal heating was assumed for the 
tape and the substrate.  
 
𝜌𝐶𝑝𝑢𝑡𝑟𝑎𝑛𝑠 ∙ 𝛻𝑇 = 𝛻 ∙ (𝑘𝛻𝑇) + 𝑄  (1) 
 

 
Fig. 1 Geometric domain showing the 
consolidation roller, incoming tape and the 
substrate for the ATP thermal model. 
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Table 1 Material properties and process 
parameters for the Laser ATP thermal model 
[8] 

Material Properties 
Kc 

[W/(m K)] [34, 0.34, 0.34] Thermal conductivity 
(composite) 

ρc 
[Kg/m3] 1584 Density (Composite) 

Cpc 
[J/(Kg K)] 1370 Heat capacity at constant 

pressure (composite) 
Kr 

[W/(m K)] 44.5 Thermal conductivity  
(SS Roller) 

ρr 
[kg/m3] 7850 Density (SS roller) 

Cpr 

[J/Kg K] 475 Heat capacity at constant 
pressure (SS roller) 

 
Process Parameters 

Ta [K] 300 Ambient temperature 
Tml [K] 553 Mandrel temperature 
Tr [K] 473 Roller temperature 
Tg [K] 416 PEEK glass transition temperature 
Tm [K] 607 PEEK melting temperature 
ha  [W/(m2K)] 13 Heat transfer coefficient 
ε [1] 0.9 Emissivity 
 
Figure 2 shows the temperature distribution for 
different process speeds. It is clear that:  
(i) The size of the molten zone depends on the time 

available for heat conduction in the through-
thickness direction; at high speeds, the laser is 
able to heat only a very thin surface layer of 
material. A temperature difference of around 50 
0C exists across the incoming tape thickness. 
Beyeler and Guceri [1]  and Grove [2] report 
similar results, in a system irradiated by a laser 
beam with similar energy density.  

(ii) The maximum temperature in the material varies 
with process speed. In many cases, it can even 
be lower than the melting temperature of the 
polymer (the maximum temperature values are 
404 and 312 0C for process speeds of 0.01 and 
0.1 m/s, respectively). This would lead to poor 

consolidation, and hence, poor mechanical 
properties of the final part. 

 

(a) Process speed: 0.01 m/s 
 

 
 

 
 

(b) Process speed: 0.1 m/s 
 

 
 

 
 

Fig. 2 Temperature distribution in the laser 
ATP process (a) process speed: 0.01 m/s, and 
(b) process speed: 0.1 m/s. 
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5 Experimental Validation 
As real-time monitoring of the ATP process is 
challenging, an easier and straightforward option is 
to characterise the prepreg raw tape as well as 
processed laminates. A carbon-fibre/PEEK 
thermoplastic material (T 60% IM7 / PEEK-150) 
from Suprem [9] was used in this study. Tapes with 
two different widths, 12 mm and 150 mm, were 
purchased. Wide tape laminates were hand laid-up 
and processed using an in-house autoclave [Fig. 3]. 
The ATP laminates were manufactured by the 
machine supplier, AFPT at their German facility. 
The processing speed was 10 m/min. Table 2 lists 
the tests used for tape and laminate materials 
characterisation, while various mechanical 
properties were characterised using the Interlaminar 
Shear Strength (ILSS), Flexure and Double 
Cantilever Beam (DCB) tests. In general, the 
incoming tape had less than 1% void content, 60% 
fibre volume fraction and ~10% crystallinity. 
Samples for various tests were extracted from the 
autoclaved laminates using a diamond cutter, while 
the ATP-made samples were extracted by a water-jet 
cutting machine. 
 

 
 

Fig. 3 Autoclave temperature and pressure 
cycles to manufacture laminates. 
 

 

 

Table 2 Tape and laminate material 
properties characterised by respective 
analysis technique 

Material Property Analysis Technique 
Void Content  Microscopy/Image Analysis 
Fibre Volume Fraction Microscopy/Image Analysis 
% Crystallinity DSC 

 
ILSS tests were performed on specimens extracted 
from both autoclave and ATP manufactured 
laminates in accordance with BS EN 2563:1997. A 
minimum of five tests were performed for each 
manufacturing process. Nominal specimen 
dimensions were 20 mm x 10 mm x 2 mm with [0]16 
layup. The span and nose radii were 10 mm and 3 
mm, respectively. Figure 4 shows a representative 
load-displacement chart from one of the tests. The 
peak load was recorded for each test and the 
apparent ILSS was calculated. The autoclave 
laminate samples exhibited 30% higher strength than 
ATP laminate samples (Table 3). 
 

 
Fig. 4 Representative Load – crosshead 
displacement chart for the ILSS test. 
For flexural testing, a minimum of five tests were 
performed for each manufacturing process. Nominal 
specimen dimensions were 100 mm x 10 mm x 2 
mm with [0]16 layup and the span was 80 mm in 
accordance with BS EN 2562:1997. Figure 5 shows 
a representative load-displacement chart from one of 
the tests.  The autoclaved samples exhibited 
approximately 10% higher modulus and 30% higher 
strength compared to ATP samples (Table 3).   
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Fig. 5 Representative Load-Cross head 
stroke chart for the Flexural test. 
 

Table 3 Comparison of Interlaminar Shear 
Strength (ILSS), flexural modulus and 
strength and fracture toughness properties of 
autoclaved and ATP laminates. 
 Autoclave ATP 
ILSS (MPa) 112 78 
Flexural Modulus (MPa) 1775 1207 
Flexural Strength (MPa) 141 124 
DCB (Initiate/Arrest) 
(kJ/m2) 

1.32/0.92 2.15/1.67 

 
Three DCB specimens were tested for both the 
autoclave and ATP processes. The nominal 
dimensions of the DCB specimens were 150 mm x 
25 mm x 4 mm with [0]30 lay-up. The cross-head 
stroke rate used was 3 mm/min. Crack length was 
measured using a digital imaging data acquisition 
system, which also acquired the load and extension 
(δ) signals. In general, the DCB specimens from 
both the processes exhibited unstable or “stick-slip” 
crack propagation (Figure 6). Crack growth was in 
short bursts with periods of crack arrest and short 
periods of stable propagation. Mode I fracture 
toughness was determined using standard beam 
theory analysis method. The flexural modulus 
determined from the flexural tests was used in the 
analysis. ATP laminates were found to be 
significantly tougher than autoclaved laminates. 
DSC analysis of autoclave laminates revealed 
significantly higher crystallinity levels (above 30%) 

relative to ATP laminates (16.5%), which correlates 
with the above findings. This is also in agreement 
with the small weld zone size predicted by the 
thermal model, which limits the consolidation as 
well as increase in crystallinity level. 
 

 
Fig. 6 Representative load-displacement 
chart for the DCB test showing stick-slip 
crack propagation. 
 

6 Process Modifications  
Numerical simulations and experimental results in 
the preceding sections suggest that the existing ATP 
process struggles to achieve optimal bulk material 
properties, particularly those that depend on a high 
level of crystallinity. Further work is planned to see 
if varying process parameters, particularly laser 
parameters can improve this. However, it seems that 
to achieve better properties, the process may need to 
be modified to better control the heating and cooling 
rates. Preheating has been proposed to lead to better 
consolidation [1]. In addition, the roller temperature 
is understood to have significant influence on the 
temperature gradients in the incoming tape and on 
the weld pool size. To investigate possible 
modifications, the roller and mandrel temperatures 
in the thermal model were increased to 300 0C. Note 
that adhesion of the molten polymer to the SS roller 
is a known issue. However, by judiciously selecting 
a suitable roller material, the problem of molten 
polymer sticking to the roller surface can be reduced. 
In addition, pre-heating of the incoming substrate 
was simulated using an additional heat input of 540 
watts over 0.03m length.  
 

5  
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Fig. 7 Temperature distribution in the 
modified laser ATP process with increased 
roller and mandrel temperatures and pre-
heating of the substrate. 
 
Figure 7 shows the temperature distribution for the 
modified process. It is clear that near the nip point, 
at least 2-3 layers of substrate are above the melting 
temperature. This could lead to improved 
consolidation and better mechanical properties. 
 
7 Discussion 
Even though the thermal model presented previously 
is in agreement with the previously reported results, 
it has certain limitations which need be addressed to 
improve its accuracy.  
 
In general, rule of mixtures has been experimentally 
found to give a good approximation of the thermal 
conductivity of composites. In most previous 
experimental measurements, the polymer matrix and 
fibres were heated simultaneously. Laser heating is 
different in that the wavelength of the laser 
irradiation is tuned to selectively heat up either the 
matrix or the fibres. As direct heating of the polymer 
matrix using lasers could lead to poor control over 
heating rates, resulting in matrix damage, some of 
the new laser systems use wavelengths that are 
mainly absorbed by carbon fibres, which then 
indirectly heat up the surrounding matrix [10]. In 
such a scenario, the fibre-matrix interfacial thermal 
resistance could become important. Shenogin et al. 

[11] list various parameters affecting the thermal 
properties of composites, one of them being the 
interfacial thermal property. The interfacial thermal 
resistance represents a barrier to heat flow associated 
with the difference in the phonon spectra of two 
phases and possible weak contact at the interface. 
This leads to backscattering of thermal energy waves 
or phonons. As a consequence, in the presence of a 
normal thermal flux, a temperature drop develops at 
the interface. They note that the resistance to the 
heat flow posed by the fibre-matrix interface is 
responsible for the low thermal conductivity of 
composites. Very little information exists on thermal 
conductivity of composites, when heated by laser 
irradiation. Note that using the available 
conductivity values is acceptable for most of the 
processes involving larger processing times. 
However, in laser ATP, where the tape is irradiated 
for a very small time duration that depends on the 
process speed, the interfacial thermal resistance 
could play an important role in development of 
temperature gradients and hence, consolidation.  
 
In addition, the incident laser energy can have a non-
uniform profile as reported by Grove [2]. The 
present model uses uniform thermal energy input. 
This could significantly affect the temperature 
distribution. The existing thermal model can be 
improved by taking measurements of contact length 
for the roller, the tape and the substrate, and the 
irradiation profile.  
 
8 Conclusions 
The potential of the Automated Tape Placement 
(ATP) process to replace the costly, and time-
consuming autoclave process is well known. Recent 
developments of thermoplastic matrices with higher 
toughness and solvent resistance is attracting a 
renewed interest in this process. Laser ATP has been 
reported to offer high energy efficiency and superior 
dynamic control. The process has been investigated 
here numerically and experimentally. Thermal 
simulations of laser heating of the incoming prepreg 
tape and already laid substrate indicate that a very 
thin layer near the irradiation surface is heated to 
temperatures above the melting point of the 
thermoplastic PEEK matrix. This would limit the 
amount of consolidation. Experimental results 
(albeit with one set of process parameters only) 
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confirmed that the process does not lead to optimal 
bulk material properties, particularly those that 
depend on a high level of crystallinity. The ATP 
laminates exhibited a significantly weaker 
interlaminar bonding, in terms of ILSS and flexural 
strength but superior fracture toughness. Thermal 
simulations were also presented for possible process 
modifications using preheating and increased roller 
and mandrel temperatures, which lead to larger size 
of the melt pool. This could potentially facilitate a 
higher level of consolidation, bonding and 
crystallisation, giving stronger laminates. Finally, 
the inappropriateness of the available thermal 
conductivity values of composites for laser ATP 
modelling is highlighted.  
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1 Abstract 

In the current study a number of new compression 

results are presented for filament wound, vacuum 

infused composites. Reinforcement fibers are typical 

glass and carbon products, commercially available 

and widely used in industry. Matrix resin is a slow 

curing epoxy designed for vacuum infusion of large 

components such as wind turbine blades. 

Compression testing was carried out on an in-house 

developed Mechanically Combined Loading fixture. 

Neat carbon/epoxy and glass/epoxy laminates were 

manufactured for baseline values. Hybrid 

composites of carbon and glass were manufactured 

in three different mix ratios. To further explore 

effects from hybridization an increased thickness 

specimen was prepared, along with a ply-ply 

specimen also of increased thickness. Specimens 

were analyzed for volumetric composition and found 

to have a very low void content.  

Compression testing revealed a non-linear response 

from the neat carbon fiber composite, and 

subsequently also in the hybrids. In-ply hybrid 

specimens perform very close to Rule of Mixture 

(RoM), however with a failure strain governed by 

that of the neat carbon. An increase was however 

found with increasing glass content, though not 

enough to reach the same levels of compressive 

strength as the neat carbon or glass.  

An increased failure strain was found for the ply-ply 

hybrid allowing it to reach strength values above the 

neat carbon fiber and glass fiber composites while 

still retaining the expected modulus as per RoM. A 

discussion is given concerning whether this result is 

due to a “hybrid-effect”. 

 

 

 

2 Introduction 

Due to recent trends concerning the ever increasing 

length of wind turbine blades, use of carbon fiber 

reinforcements in the main load carrying structure of 

the blade for higher stiffness has received increasing 

attention. The higher stiffness requirement is a result 

of maintaining tower clearance with respect to the 

tip deflection of longer blades. As a result of the 

high cost of carbon fiber, hybrid compositions of 

glass- and carbon fibers are interesting, as opposed 

to using prefabricated separate carbon/epoxy and 

glass/epoxy stiffeners. Difficulties of the latter 

include strength of adhesive joint, along with 

additional processing steps needed for fabrication, 

positioning and adhering stiffeners.  

The term hybrid denotes composites with more than 

one type of reinforcement fiber [1]. Previously, this 

approach has been tested and disregarded, due to the 

low elongation at break of carbon fiber setting the 

upper limit for the strength of a hybrid, especially 

when loaded in compression [1].  That is, when the 

carbon fails, the stress level in the glass is only a 

fraction of the tensile strength of the glass [2]. This 

yields a material with lower failure strength than the 

respective constituents. From a wind turbine blade 

manufacturer’s perspective, letting the (compres-

sion) strength be the design driver would mean that 

the customer does not get full value of the expensive 

carbon used to increase the stiffness of the blade, 

which is not the ideal scenario. Since the 

compression strength of carbon has been measured 

to be as low as 50-80% of the tensile strength [3], 

this load scenario is particularly restrictive. 

Hybrid materials of glass and carbon have, to a large 

extent, been shown to obey the Rule of Mixture 

(RoM) for elastic properties, however some scatter 
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have been seen in the determined strength properties 

[1,4]. For compression strength this is especially 

pronounced due to the large variation usually found 

in this type of testing. A direct comparison have also 

been difficult due to the extensive range of materials 

and manufacturing methods used [1,4]. 

Hybrids received a great deal of academic attention 

in the late 70ies and early 80ies [1,2,4,5,6] where the 

aim was to establish whether a “hybrid effect” could 

be found. The subject of much controversy the 

general consensus was however that the hybrid 

effect should entail an increase in the properties of 

the material greater than what was to be expected 

from RoM analysis. Focus was originally on using a 

High Elongation Component (HEC), usually glass 

fiber, to increase the elongation at break of a more 

brittle Low Elongation Component (LEC) usually 

carbon. Since no reports have been given in 

literature of a significant “hybrid effect” in the 

stiffness and strength of hybrid composites focus 

moved to the possibility of using alternating stacking 

sequences for improved bending stiffness and 

impact resistance [1]. This paper presents a number 

of new compression test results for 

carbon/glass/epoxy hybrid composite laminates. 

Different laminate hybrid architectures were 

investigated for a varying degree of hybridization. 

Results will be discussed with relation to their 

potential for validating the idea of a “hybrid effect” 

or whether deviations can be attributed to other 

phenomena. 

 

3 Method and materials  

3.1 Manufacturing  

Due to the high cost and effort involved in having an 

experimental hybrid-fabric developed and 

manufactured, laminate specimens were filament 

wound. This was achieved using readily available 

constituent materials such as glass fiber roving and 

carbon fiber tows. Fibers used were commercially 

available fibers typically employed in Non-Crimp 

Fabrics (NCF’s) for wind turbine blade manufacture. 

Matrix was likewise a typical commercially 

available industry grade slow-curing epoxy. Lay-up 

was achieved using an in-house house developed 

filament winding machine for rapid production of 

the test series (see Fig. 1).  

 
Fig. 1. Filament winding lay-up of carbon fibers and glass 

fibers on an aluminum tool plate. 

 

Laminates with hybridization ranging from neat 

carbon/epoxy to neat glass/epoxy specimens were 

manufactured with three intermediate levels. Glass 

fiber roving and carbon tows were wound unto an 

aluminum tool plate pre-treated with a release agent. 

To achieve good and representative material quality 

manufacturing of laminates was realized using the 

Vacuum Infusion Process (VIP) (see Fig. 2). The 

laminates were cured for 5h@50C and post cured for 

2h@90C. Overall this procedure enables good fiber-  

 

Fig. 2. Epoxy resin flow front moving over filament 

wound fibers in vacuum infusion process (VIP). 
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Fig. 3. Cross sections of manufactured laminates with 

different levels of hybridization and architecture. 

 

alignment, absence of backing fibers and stitching 

yarn, low porosity levels, high fiber volume fraction 

and consistent material quality.  

 

For the hybrid laminates the first three intermediates 

where realized with all rovings being applied 

simultaneously to the tool plate (as seen in Fig. 1). 

An important parameter to record is how 

homogenized the architecture is (size of unit cell), to 

ensure that the specimens cut are representative. The 

laminates are not completely without a pattern, and 

it was necessary to adjust the width to achieve a 

homogenous cross section for all specimens. The 

level of homogeneity has been established to be 

acceptable by measuring the content of the 

constituents in samples across the width of a panel, 

of the same width as a test specimen. Cross-sections 

of the realized laminates are seen in Fig. 3.  

 

As an alternative to the in-ply architecture where 

both carbon and glass is present in a single ply, an 

attempt was also made at a ply-ply configuration, 

where the carbon and glass can be considered as 

individual layers in a stack. This configuration is 

more homogenous across the width, and specimens 

can be cut at arbitrary width. 

 

Neat carbon and glass laminates as well as the first 

three intermediate hybrids were made to a 3mm 

specified thickness. An additional medium level (in-

ply) hybrid was made with a thickness of about 

6mm, that is the maximum allowable thickness in 

the test fixture. This hybrid resembles medium level 

hybrid (c) in Fig. 3. This was done to investigate any 

size effect and to counter any potential problems 

with bending stability during testing. The addition of 

the ply-ply laminate to the test series was likewise 

chosen as 6mm to also counter these possible issues 

with bending stability. The reason why all 

specimens where not made as 6mm laminates is due 

to the inability of tensile testing carbon specimens of 

more than 3mm where the tab adhesive will usually 

fail in shear before specimen failure. 

 

During manufacture special attention was given to 

investigate the actual wet-out of the fiber-assembly, 

due to the inclusion of both glass and carbon fibers. 

Flow direction was chosen to be along the length of 

the fibers, however due to the difference in fiber 

diameter and surface chemistry of the glass and 

carbon a number of issues could arise. The larger 

diameter of the glass fiber means that the resin will 

flow more easily and therefore faster, which entails 

the risk of incomplete wet-out of the carbon tows, 

especially at the center of the latter. Low porosity 

levels are not a clear indication of good wet-out 

because the volume involved in unwetted fibers is 

much less than that observed when encountering air 

entrapment and laminates manufactured with leaks. 

The ply-ply architecture posed a particular challenge 

because the dense carbon in the middle of the 

Table 1. Result of volumetric analysis of tested composite laminates. 

 
Carbon Vf 

[vol%] 
Std. dev   

[%] 
Glass Vf 

[vol%] 
Std. dev. 

[%] 
Porosity  Vf 

[vol%] 
Std. dev. 

[%] 

Neat Glass 0,00 / 58,7 0,9 0,00 0,1 

Low level hybrid 15,3 1,2 41,5 1,5 0,20 0,1 

Med. Level hybrid 20,6 0,7 37,8 1,0 0,00 0,1 

Med. Level hybrid (6mm) 21,0 1,0 38,1 1,1 0,17 0,1 

Med. Level hybrid (ply-ply) 21,2 0,6 38,0 0,8 0,40 0,1 

High level hybrid 30,8 1,3 27,6 1,4 0,20 0,1 

Neat Carbon 53,0 0,3 0,00 / 0,07 0,2 
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“stack” acted as flow retardation, compared to the 

outer glass layers. Avoiding the flow in the outer 

layers reaching the outlet manifold and trapping air 

in the lower carbon and glass layers could only be 

achieved by using excessive brake length, thereby 

increasing the time of infusion significantly. 

 

3.2 Analysis 

To ensure adequate material quality, the fiber 

volume fraction (vol%) and porosity content was 

investigated using ASTM D2584 burn-off method  

and validated by SEM microscopy. Because the 

standard burn-off method would also consume the 

carbon fibers a controlled atmosphere burn-off 

method based on ASTM D2584 was developed for 

the neat carbon and hybrid laminates, in order to 

determine the fiber, matrix and porosity content. 

This method was validated by comparing the results 

for the neat carbon fiber laminate with the standard 

method of determining carbon fiber vol% using 

boiling sulphuric acid to dissolve the matrix. The 

standard deviation (std.dev.) for the vol% 

determination is presented in Table 1, as an 

indication of the consistency in material quality. The 

maximum average porosity volume fraction in all 

samples was below 0.4 %. 

 

3.3 Compression testing  

As a response to the large difficulty in obtaining 

consistent and reliable compression test data, a 

series of commercial and scientific projects have 

been carried out for a number of years at the Section 

of Composites and Materials Mechanics – DTU 

Wind Energy, in order to be able to support the wind 

energy industry with this challenge. For this purpose 

a Mechanically Combined Loading (MCL) 

compression fixture (schematic can be seen in Fig. 

4) has been developed to overcome some of the 

limitations in other fixtures and methods [3,7]. One 

of the advantages of this fixture is its ability to 

maintain a fixed end to shear loading ratio, 

irrespective of specimen geometry and material 

strength, making it ideal for compression-

compression fatigue testing.  

Higher and more consistent strength results are some 

of the consequences of ensuring that optimum 

gripping (shear loading) and alignment of the test  

Fig. 4. Schematic of MCL compression fixture used for 

testing. [3] 

Fig. 5. Schematic drawing of compression test specimen 

with tabs and steel end-rings mounted [3]. Width and 

gauge length is different for tested specimens and 

drawing. 

 

specimen is achieved throughout loading. Hence, the 

strength obtained is more reliable because bending 

of the specimen due to poor gripping and poor 

alignment is minimized. A full description of the test 

method and fixture design can be found in [3]. 

Testing was conducted using an Instron servo-

hydraulic test machine (Instron, High Wycombe, 

UK) with a cross-head speed of 1mm/min. Strain 

gauges were mounted on both sides of the specimens 

to monitor alignment and parallelism, and record 

bending. 

 

3.4 Test specimen preparation 

All laminate plates had bi-directional glass fiber tab 

material mounted with a strong epoxy adhesive. 

Specimens were cut to final width on a water cooled 

diamond coated saw. A total of 10 specimens were 

tested in each series to ensure good statistical  
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Fig. 6a. Measured compression test data for neat 

carbon, neat glass, high level hybrid and low level hybrid. 

 

background. To avoid end splitting during loading, 

metal rings were mounted with glue on the ends of 

the specimens. Final test specimen dimension can be 

seen in Fig. 5. 

 

4 Compression test results 

4.1 Baseline- and 3mm in-ply hybrid composites 

Neat glass/epoxy and carbon/epoxy composites were 

tested as baseline references in order to achieve 

elastic properties of the carbon and glass fibers. This 

can be used as constituent inputs for analytical linear 

Rule of Mixture (RoM) approximations for the 

hybrids. In Fig 6a compression test results for the 

baseline composites and medium in-ply hybrid 

composites of same thickness (3mm) is presented. In 

order to show the consistency in the test results the 

actual test read-outs from the averaged strain gauge 

measurement (for neat carbon, high level hybrid, 

low level hybrid and neat glass) can be seen in Fig. 

6a. The medium level hybrid has been excluded 

from this figure to give a clearer representation of  

Fig. 6b. Compression test results normalized with respect 

to neat glass/epoxy specimen results. End points are 

failure strength and linear strain to failure. 

 

the specimen grouping. 

 

In Fig. 6b the data are presented in normalized form, 

with respect to the glass/epoxy specimen. An 

expected increase in stiffness and a notable decrease 

in failure strain are seen with increasing carbon 

volume fraction. The result of this is markedly lower 

compression failure strength. Hence, the low carbon 

fiber elongation at break is the limiting factor for the 

realized compression strength.  

Fig. 6c. Comparison of results for 3mm and 6mm medium 

level hybrid laminates. 

Table 2. Test results of strength, stiffness and failure strain normalized with respect to the glass/epoxy specimen results.  

 E-modulus 
[/] 

Std. dev [%]. Deviation from 
RoM 

Max stress 
[/] 

Std. dev [%]. 

Neat Glass 1.00 1.2 1.00 1.00 9.0 

Low level hybrid 1.23 2.9 0.92 0.79 10.8 

Medium hybrid 1.36 3.0 0.91 0.80 9.1 

Medium hybrid (6mm) 1.49 1.9 0.99 0.85 6.0 

Medium hybrid (ply-ply) 1.51 1.4 1.00 1.16 7.4 

High level hybrid 1.64 3.0 0.95 0.89 2.8 

Neat Carbon 2.13 1.1 1.00 1.10 6.5 
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Fig. 6d. Measured data for carbon and glass benchmarks 

with 6mm ply-ply hybrid. 

Commenting on the level of compression strength 

the values obtained for the neat glass and carbon 

fiber composites are quite close to those normally 

reported in literature for UD vacuum infused 

specimens, with similar failure strains. When using 

RoM the measured stiffness of the hybrid 

composites correspond very closely with back-

calculated values from neat carbon and glass 

composites, as can be seen in Table 2. This reveals 

again that no “hybrid-effect” influences the elastic 

properties of the composite, which has also been 

shown many times in literature [1,2,4,5,6].  

 

4.2 Increased thickness specimens 

Previous studies have shown that the test geometry 

of compression specimens can have a significant 

influence on the achieved results. In [8] the failure 

strain has been shown to decrease with increased 

gauge volume due to the larger statistical likelihood 

for presence of failure-initiating defects. In [9] the 

effect of specimen thickness was shown to influence 

the measured strength properties of composites 

tested in compression but not the modulus. Their 

method of testing was different however, with 

specimen thickness beginning at 6.4mm. The tested 

medium level in-ply hybrid with a thickness of 6mm 

was compared with the 3mm specimen of 

comparable hybrid fraction and found to produce a 

higher measured stiffness (see Fig. 6c). This is 

troublesome however not surprising, and puts focus 

on the importance of test specimen geometry. For 

comparative screening all specimens in a test series 

should retain similar dimensions and gauge volume. 

As can be seen from Table 2 all elastic properties for 

Fig. 6e. Normalized compression test results for carbon 

and glass benchmarks with 6mm in-ply hybrid compared 

to 6mm ply-ply hybrid 

hybrid samples correspond very well with RoM 

analysis based on neat carbon and glass composites, 

however the thicker 6mm in-ply medium hybrid has 

a slightly higher modulus (norm. 0.99) compared to 

the other in-ply hybrids. This is, as stated, believed 

to be a size effect from test specimen geometry, and 

not a “hybrid-effect”.  

 

4.3 Ply-ply specimen 

Even though the increased thickness in-ply medium 

hybrid does not have the same deviation from RoM 

prediction due to being of different test specimen 

geometry (and therefore cannot be directly 

compared to the rest of the series) it does however 

enable a comparison with the last type of specimen 

configuration. In an attempt to mimic a ply-on-ply 

laminate architecture, hybrid laminate specimen (d) 

(see Fig. 3) was manufactured with the same 

glass/carbon ratio as the medium hybrid (c) but with 

the carbon composite sandwiched between the glass 

composite layers. This combination proved most 

interesting in that it surpassed the ultimate strain of 

the corresponding 6mm in-ply hybrid with almost 

30%, and achieved higher strength values than both 

the baseline glass/epoxy and carbon/epoxy 

specimens. See Fig. 6d for test data and Fig. 6e for 

normalized results. 

 

5 Discussion  

Results for the volumetric composition of the tested 

specimens show good material quality with low void 

content and low standard deviations on the 

determinations carried out. Taking into account the 

extreme importance of unit cell considerations in the 
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hybrid context, the low standard deviation of the 

volumetric data both indicate that these are valid, but 

also that either the chosen specimen width is 

representative for the winding pattern or that the 

material is reasonably homogenous.  

 

For the mechanical test results a quite low scatter 

was observed for elastic properties and a standard 

deviation around 5-10% for strength which is quite 

acceptable for unidirectional composites tested in 

compression. This can be observed in the figures as 

clear groupings. 

 

Failure modes for glass composites were typical 

transverse catastrophic inside the gauge section. For 

all in-ply hybrids and neat carbon composites, the 

failure mode was almost exclusively longitudinal 

splitting along the fiber bundles. Whether the failure 

originates in the gauge section or in the tab region is 

difficult to discern since the failure affects both. As 

expected the failure looks to originate in the carbon 

tows and then spreading to the rest of the composite. 

The ply-ply hybrid has a different failure 

characteristic all-together. The outer glass layers 

look to have debonded from the sandwiched carbon 

layer and kinked outwards in the thickness direction. 

Inside the specimen the carbon layer seems to have 

failed in a typical micro-buckling kink-band. 

 

The hybrid composites perform in good agreement 

with RoM for elastic property predictions. For in-ply 

specimens a modest improvement in failure strain 

(compared to failure strain of neat carbon) with 

increasing glass content was seen. This effect is 

however not enough to bring the failure strength to 

the same level as the neat glass or carbon specimens.  

 

The upper limit of compressive strength seems to be 

insensitive to the fiber stiffness, supporting the work 

of Sørensen et.al [10]. There is a strong indication 

that the failure driver is to a greater extent governed 

by matrix properties.  

 

Failure strength of in-ply hybrid composites seems 

to be limited by the neat carbon ultimate strain. This 

has been demonstrated previously for compression 

in [11]. Here the ply-ply architecture was also tested 

and proved to show increased failure strain, in 

tension. A possible explanation for the lack of 

increased failure strain in compression is probably 

that their test series was based on woven fabrics. 

The detrimental influence of introducing 

misalignment by weaving the fibers has been well 

documented particularly in compression [12]. In all 

probability their test series are dominated by a 

completely different failure driver. In [13] pultruded 

carbon/glass hybrid composite rods were tested in 

compression and showed increased failure strain at 

compressive strengths similar to those in [11]. These 

were however significantly lower than in this study 

and using a different test method with pure end 

loading. 

 

Looking at the cause of the extended failure strain of 

the ply-ply hybrid the most obvious explanation 

would be the influence of stress concentrations 

induced by the grips of the compression test fixture. 

This would also explain the results in [11] and [13]. 

It is widely acknowledged that in testing of a highly 

anisotropic composite like carbon/epoxy which is 

strong and stiff in the main direction but weak in 

shear, the obtained compression strength is 

conservative. This is because the test is not actually 

of the material in the gauge section but of the 

material exposed to the stress concentration. Studies 

have tried to determine the scale and importance of 

these stress concentrations [14,15]. Others have tried 

to measure the full compression strength in testing 

by adding off-axis layers to the composite and using 

the obtained failure strain to calculate the stress 

levels in the main layers [16].  

 

Results from this series can be argued to give 

support to the theory that the highly anisotropic 

nature of the carbon composite makes it sensitive to 

the test method and makes it fail prematurely, as 

indicated in Bogetti et al. [7]. By doing this the 

initial assumption of Manders [2] is demonstrated 

also for compression, indicating that: “the hybrid 

effect arises from a failure to realize the full 

potential strength of the fibers in all-carbon 

composites, rather than from an enhancement of 

their strength in the hybrids”.  

 

Whether or not this is then the upper limit for carbon 

composites in compression is also a topic of interest. 

When considering that failure of the ply-ply 

specimens occurred inside the gauge section it 

stands to reason that it is unaffected by stress 

concentrations near the grips. Applying more layers 
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to further reduce the gripping effect would probably 

not provide a noticeable improvement. 

 

The results provided by this study could potentially 

pave the way for filling the gap in elastic modulus 

between glass fiber and carbon fiber with a range of 

hybrid compositions, without compromising on 

strength requirements. However since Pandya et al. 

[11] have already shown that this effect not 

necessarily can transfer to less “pure” composites, 

each individual fabric still has to be tested to see if 

the influence of weave/stitching/backing induces 

premature failure. 

 

6 Conclusion 

Hybrids of carbon and glass fibers have been used as 

basis for composite laminates of good quality. The 

filament winding manufacturing allows a controlled 

mix ratio of carbon and glass fibers to be used, and 

thus allows design of final composite stiffness and 

strength in the range from neat glass fiber 

composites to neat carbon fiber composites. 

The compression properties have shown that hybrid 

composites have stiffness and failure strain between 

those  for the neat fiber composites, while the values 

for strength is below those of both glass fiber 

composites and carbon fiber composites.  

A special hybrid ply-ply configuration composite 

has shown intermediate stiffness and failure strain, 

but higher compression strength than both neat glass 

and neat carbon fiber composites. 

This observation is discussed with respect to 

mechanisms and observations reported in the 

literature; no definite conclusion has been reached. 
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1 Introduction  
The particular case of the mechanism of damage 
known as inter-fiber or matrix failure under 
transverse tension has already been the object of 
several micromechanical studies by the authors [1]. 
These studies have made it possible to understand 
the initiation of failure at the micromechanical scale 
as well as its later progress, which leads to the 
macro-failure of the material. 
Many of the existing proposals for the prediction of 
the inter-fiber failure at lamina level are based on the 
hypothesis that the failure taking place at a plane is 
governed by the components of the stress vector 
associated to that plane. This assumption has been 
revised by París et al [2] and Correa et al [3] for the 
tension dominated matrix failure by means of single-
fiber Boundary Element models subjected to biaxial 
loading.  
The results obtained showed that the presence of a 
secondary tensile load could alter several aspects of 
the micromechanical stages of damage growth 
already detected for the tension uniaxial case leading 
to the conclusion that the presence of this out of 
plane stress component could slightly delay the 
generation of failure. 
The authors of this work consider essential to check 
the validity of the conclusions derived from the 
aforementioned numerical micromechanical studies 
by means of macromechanical experimental tests. 
To this end, tension-tension biaxial tests have been 
planned and designed. 
The cost of biaxial tests is considerably higher than 
the uniaxial ones due to the complexity of the biaxial 
testing machines. Different solutions have been 
historically proposed for performing biaxial test in 
uniaxial testing machines. The present work is a  
continuation of the investigation presented in [4], 
where the design and manufacturing of a new device  

 
 
to carry out biaxial tests in uniaxial testing 
machines, was described.  
The first part of the investigation presented in this 
contribution is connected to the development of 
virtual testing by FEM. The results of these analyses 
are used to assess the design of the adequate 
geometry of the cruciform specimens to be tested. In 
particular, Finite Element models have been 
developed in order to design a cruciform specimen 
that minimizes the effect of stress concentrations for 
the case of unidirectional laminates tested under bi-
directional transverse loads. 
The second part of the investigation deals with the 
manufacturing of cruciform specimens, aiming to 
minimize the presence of defects, as well as their 
biaxial testing in the already manufactured device.  
 
2 Design of the cruciform specimen 
2.1 Model 
To avoid premature failure of the specimen outside 
the zone of interest it is necessary to perform a 
preliminary design of the cruciform specimen to be 
tested under tension-tension biaxial loading. There 
exists a considerable amount of studies in literature 
about cruciform specimens, both for metals and fiber 
reinforced laminates, though it is not easy to find a 
specific design for unidirectional laminates to be 
subjected to transverse loads (i.e. 90º specimens).  
The design of the specimen suitable for biaxial 
transverse load testing is based on a main objective: 
it must assure that the failure takes place at the 
central zone of the specimen (the area really 
subjected to biaxial load); besides, stresses at this 
zone should be uniform and cover a wide enough 
area. Additionally, geometrical features should not 
promote or increase undesirable effects such as 
stress concentrations. 
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Types A (R=1.5 mm ), B (R=6.25 mm), C (R=19.97 mm) 

 
Type A 

 
Types B and C 

 
Type D 

 

 
Type D 

 

Fig. 1. Types of specimen considered. 

 

(a)  (b)  

Fig. 2. Example of a) geometrical model, b) FEM model. (Type C specimen). 
 
 
Following the aforementioned premises four 
different geometries have been initially considered 
(specimen types A, B, C and D, Fig. 1) and Finite 

Element models designed based on them in order to 
analyze the stress state occurring when subjecting 
them to tension-tension biaxial load. 
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Type A 

 
Type B 

 
Type C 

 
Type D 

Figure. 3. xxσ distribution (T-T case). 

 
The four geometries chosen are composed by a main 
body, which represents the cruciform specimen itself 
manufactured from a unidirectional laminate, and 8 
reinforcing tabs (one at each side of each “arm” of 
the specimen). These tabs pursue a double function: 
first, the assurance of the adequate fixing of the 
specimen to the machine grips during testing, and 
second, a thickness increase of the specimen out of 
the zone of interest, in order to promote failure 
initiation at the biaxial loading (central) zone of the 
specimen. The first three types of specimen use just 
one curvature radius defining the central zone 
(R=1.5 mm, R=6.25 mm, and R=19.97 mm, 
respectively), whereas the fourth one employs two 
different radii. Geometrical specifications of the four 
specimens are detailed in Fig. 4. It is important to 
point out that the later specimens manufacturing 
process also needs to be considered in the final 

design of the specimen. In this particular case, the 
90º orientation of the laminate is one of the critical 
features to be taken into account. The unidirectional 
laminate considered corresponds to a carbon-epoxy 
system (AS4/3501-6) whereas tabs are thought to be 
manufactured from glass fiber +45/-45 fabric. 
Due to the symmetry shown by the four specimens 
considered only an eighth has been modeled for the 
FEM analyses, by using the adequate boundary 
conditions. Different loading cases have been 
considered, all of them corresponding to a fixed 
value, 0σ , of the external tension applied at the edge 
of the horizontal arm of the specimen (x axis) and 
different portions of 0σ  (characterized by a 
coefficient n=0.25, 0.5, 0.75 and 1) at the edge of the 
vertical one (y axis). 0σ  has been taken equal to the 
tensile strength associated to the laminate considered, 
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48 MPa in this case. The scheme of the problem 
described can be consulted in Fig. 2a for Type C 
specimen, where a view of the mesh employed can 
also be observed (Fig. 2b). 
 
2.2 First results 
The stress state associated to the different loading 
cases considered has been analyzed for each type of 
specimen. Focusing our attention on the tension-
tension (T-T) case (n=1) the results show that xxσ  

and yyσ  are the dominant stresses, showing in fact 

identical distributions. 

xxσ  distributions are shown in Fig. 6, where a zoom 
of the central zone is included. For comparison 
purposes the same scale of representation has been 
used for all cases, extending from the maximum 
tensile value obtained (occurring at type A 
specimen) to the maximum compressive value 
(occurring at type D specimen). Stress 
concentrations are found for the four specimens at 
the free edge, the maximum value occurring for type 
B (290 MPa) followed by types D (205 MPa), A 
(160 MPa) and C (149 MPa). Tensile values are 
found at all points of the central zone as well as the 
horizontal arm of the specimens, whereas very small 
(almost negligible) compressive values appear at the 
vertical arm of the specimens. 
Looking at type A specimen, a uniform xxσ  
distribution is detected at its central zone though its 
value being just a 25% of the maximum tension 
encountered at the free edge. Besides, higher 
tensions are also vertically distributed along the 
horizontal tab border, which would eventually lead 
to a failure out of the biaxial zone. The use of a 
higher curvature radius, type B specimen, reduces 
the difference existing between xxσ  values at the 

central zone and the maximum xxσ  at the free edge, 
though still being quite significant (43%). Higher 
tensions are also distributed vertically along the 
horizontal tab border but extending to part of the 
central zone in this case. 
With reference to xxσ  distribution associated to type 
C specimen, this is very similar to than shown by 
type B though the stress concentration, and thus the 
maximum tensile value, moves towards the 
horizontal arm. Besides, the stress value at the centre 
of the specimen is only a 36% of this maximum. 
Finally, type D specimen presents a relation between 

xxσ  value associated to the centre of the specimen 

and maximum xxσ  similar to that already 

encountered for type B specimen (42%); high xxσ  
values are also found at the biaxial zone though not 
reaching the center of the specimen. The described 
results lead to the discarding of types A and C. 
Additional results obtained for types B and D 
specimens associated to the remaining loading cases 
(n=0.25, 0.5, 0.75) point to type D as the best design, 
since, for those cases and excepting the stress 
concentration, the aforementioned high xxσ  lateral 
area, occupies the whole biaxial zone. Anyway, the 
difference between the stress concentration at the 
free edge and xxσ  value at the centre of the specimen 
is still quite significant, leading then to think in a 
necessary modification of type D geometry.  
 
2.3 Geometrical modifications 
The first geometrical modification developed is 
shown in Fig. 7 (type M1 specimen) and consists in 
limiting the reduced thickness area just to the central 
zone of the specimen. Besides the specimens are 
now manufactured as an entire body made of 
unidirectional carbon-epoxy laminate. This 
modification is intended to minimize the effect of 
the stress concentration at the free edge and promote 
failure initiation at the central zone. 

 

Fig. 4. Type M1 specimen. 
 
The results presented in Fig. 5 show that the free 
edge stress concentration is still present although its 
value (108 MPa) is substantially lower than that 
associated to Type D specimen (205 MPa). Besides, 
the stress state at the central zone is more uniform 
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than in the previous specimens and xxσ  value at the 
centre of the specimen reaches in this case a 68% of 
the maximum value. This maximum is located both 
at the free edge and at the boundary of the central 
zone, probably associated to the local geometry of 
the specimen. Fig. 5 shows the distribution of xxσ , 
for the M1 specimen under traction-traction (T-T) 
load. 
 

 
Fig. 5. xxσ  distribution associated to T-T case. (M1 

specimen) 
 
Thus, the geometrical modification implemented in 
Type M1 specimen supposes an approach to the 
final objective but still seems insufficient. 
Subsequent modifications lead to Type M3 
specimen, shown in Fig. 6. The central zone of this 
specimen is now elliptical and maintains the 
thickness of Type M1; instead, the outer areas of the 
specimen have increased their thickness from 1.5 in 
M1 to 2.5 in M3. 
 

 

Fig. 6. Type M3 specimen. 

 

 
Fig. 7. xxσ  distribution associated to T-T case. (M3 

specimen) 
 
Figure 7 shows xxσ  distribution for the particular 
case of traction-traction (T-T) acting on Type M3 
specimen. The results show significant 
improvements with reference to the previous models. 
The central zone of the specimen is now quite 
uniformly stressed, with values of about an 86% of 
the maximum. This maximum is detected at the edge 
of this central zone instead at the outer side of the 
specimen. Unfortunately, an undesirable and 
unavoidable concentration area of slightly lower 
values is still detected in the outer side of the 
specimen. 
 
3 Design and manufacturing of the biaxial device 
A literature review was performed previously to the 
new proposal made in this work. Hoferlin [5] used 
independent actuators for each loading axis. In the 
group of proposals using a device in single axis 
machines, Ferron and Mankinde [6] made a tension-
tension fixture, analogous to that proposed by Tasan 
[7]. Fraunhofer [8] also proposed a simpler (less 
mechanical links) tension-tension device. See also 
Bhatnagar [9] with a device allowing non-
equibiaxial tension. The device designed in this 
work allows tension-tension (also compression-
compression) tests, see Fig.8, using cruciform 
specimens, and tension-compression tests, see Fig.9, 
using standard samples with variable loading ratio. 
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Fig. 8. Device set-up for tension-tension tests. 

 

The two lateral columns represent the characteristic 
load frame clearance of an INSTRON 4481. 

The device has been designed to be used up to a 
maximum compression load, measured in the load 
cell of the uniaxial testing machine, of 20KN. 

 

 

Fig. 9. Set-up for tension-compression tests. 

 
Three different load transfer systems (from the 
device to the sample) were investigated. A first 
using rigid grips, demonstrated not to give a good 
alignment, and also to be very tedious in the setup 
process. A second one, using flexible steel wires, in 
order to get a self-alignment effect, also showed not 
to be effective nor easy to use. A third attempt was 
made with rigid rings, also with self-alignment 
effect and much more easy to use. This third option 

was the one chosen for the tests and it is shown in 
Fig.10. In the material configuration under test (the 
fiber direction perpendicular to the sample plane), 
this loading transmission system was possible due to 
the relatively low strength of the sample, but needed 
the use of tabs, as shown in Fig.10. 
 

 

Fig. 10. Load transmission system using rigid rings. 
 
4 Manufacturing of the cruciform sample 
A special feature of the test covered in this work is 
the particular fiber orientation (perpendicular to the 
sample plane), which made the manufacturing of the 
samples also particular. Two very thick laminates 
creating a cross were bonded/cured using four 
aluminium blocks, see Fig.11. 
 

  

Fig. 11. Curing of the piece form which the 
cruciform samples will be obtained. 

 

From the same block (Fig.11) slices were cut and 
then lateral surfaces machined using as a master 
copy a metallic sample which was machined to the 
shape described in Section 2 using numerical 
control. Then, polishing of the top and bottom 
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surfaces and bonding of tabs at the end of each arm 
was carried out. 

 

 
Fig. 12. Samples before tab bonding and strain gages 

installation. 

 
5 Results 
The device has been used to carry out tension-
tension tests with variable ratio on cruciform 
specimens of composite materials with the fiber 
direction in the plane perpendicular to the specimen. 
Special care has been devoted in controlling the 
bending parameter in both loading axes. Monitoring 
of this bending parameter (measured following 
ASTM E1012 standard) has been performed by 
means of strain gages at both sides of the specimen 
and both loading directions. 
Fig. 12 shows the value of the bending parameter, 
for both loading axes during the test of sample 
No.18. As in this work the influence of the biaxiality 
is under analysis, it is important to guarantee a 
satisfactory bending parameter at the instant of 

failure. Nevertheless, at can be observed in Fig. 13, 
the value of the bending parameter is below 5% 
almost for the entire test, and specially low (1% or 
2%) at failure. 
 

Fig. 14 shows one sample after failure, the details of 
the strain gage and failure path can be clearly 
observed. The sample in Fig. 14 corresponds to a 
double radius sample with uniform thickness (type D 
specimen). 

 

 

Fig. 14. Failure of a sample. 

 

Fig. 15 shows the summary of results for all 
tension-tension tests on cruciform specimens 
with double radius and constant thickness (type 
D specimen). 
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Fig. 13. Bending parameter during the test. 
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Fig. 15. Results for the tension-tension tests in cruciform specimens. 

 
 
The stress at the fillet radius is plotted vs the stress 
ratio (n) at the center of the sample. The value of 
the stress ratio in a uniaxial test (obtained using the 
strain gages data and the 2D constitutive law in 
generalized plane stress) is around n=-0.3 due to the 
geometry of the sample. 
With this reference value, the rest of variable stress 
ratio loading tests, varying from 0.6 < n < 1 are 
shown in Fig. 15. Although the results show a high 
dispersion, all tests have shown an excellent 
behavior in terms of the bending parameter, which 
validates the use of the designed biaxial device and 
allows a more extensive test program to be carried 
out at a reasonably low cost, with full confidence in 
the experimental results. 
 
6 Conclusions  
FEM virtual testing has been used to assess the 
appropriate geometry of a cruciform specimen 
suitable for tension-tension transverse tests. 
A device for performing biaxial tests in uniaxial 
machines has been conceived and manufactured. 
Manufacturing of the cruciform specimens as well as 
preliminary tension-tension tests, with variable 
loading ratio, have been performed. 
The manufactured device has shown an excellent 
behavior in terms of the bending parameter and has 
allowed the loading ratio to be modified. 
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1 Introduction  

The homogenization theory based on a unit cell 
analysis [1] is useful for analyzing mechanical 
properties of microscopically periodic materials such 
as composites, because it can analyze not only their 
macroscopic behavior but also the microscopic 
stress and strain fields in them. In this theory, first, a 
periodic material is considered and its unit cell is 
defined. Then, its macroscopic and microscopic 
properties can be analyzed by applying the theory to 
the unit cell. So far, a lot of microscopically periodic 
materials, mainly composite materials [2-5], are 
analyzed based on the theory. 
This theory, however, requires the assumption that 
materials possess infinite periodic structures 
microscopically. This means that this theory cannot 
be applied to a free edge analysis of composites. On 
the other hand, at free edges, characteristic 
deformation and stress and strain distributions which 
are different from that of an internal area of 
materials may occur. These are sometimes called the 
‘edge effect’, and can cause microscopic failure such 
as microscopic cracks. Such failure can bring about 
macroscopic fracture of composites. Thus, it is 
extremely important to analyze microscopic stress 
and strain distributions around free edges. 
The authors already carried out an elastic-
viscoplastic analysis [6], an interlaminar stress 
analysis [7,8], a creep analysis [9] and a misaligned 
internal structure analysis [10] of CFRP laminates 
based on a homogenization theory for nonlinear 
time-dependent materials [11]. These analyses 
showed that microscopic stress and strain 
concentrations can occur at the interfaces, such as 
fiber/matrix and lamina/lamina interface regions in 
CFRP laminates. However, these analyses were 
based on the conventional homogenization theory 
which was developed for infinite periodic materials. 
Thus, these were not able to deal with the edge 
effect of CFRP laminates. The free edge analysis for 
CFRP laminates is necessary because CFRP 
laminates used for industrial products inevitably 
have free edges in reality. It is therefore useful to 

develop a homogenization theory applicable to the 
free edge analysis. 
In this study, a homogenization theory for time-
dependent composites with free edges is newly 
proposed. This theory is then applied to the analysis 
of microscopic stress and strain distributions at the 
free edges of a unidirectional CFRP laminate 
subjected to a macroscopic load. From the analysis 
results, microscopic stress and strain concentrations 
at fiber/matrix interface regions around the free 
edges are examined. 

 

2 Theory 

2.1 Modeling of Unidirectional CFRP Laminate 

In this study, a unidirectional CFRP laminate with 
free edges subjected to a macroscopic uniaxial load 
in the 2y - 3y  plane is considered (Fig. 1). The 
laminate has an infinite length in the 2y - and the 

3y -directions, while it has a finite length in the 1y -
direction. This laminate is reinforced in the 1y -
direction, and the fibers are arranged squarely in the 

2y - 3y  plane for simplicity. Then, a unit cell Y  for 
the laminate including the free edges is defined as 
shown in Fig. 1. 

2.2 Homogenization Theory for Free Edge 

Analysis 

Describing microscopic distributions of stress and 
strain in Y  as ( , )ij t y  and ( , )ij t y , respectively, 
the equilibrium of ij  can be expressed as 

 , 0ij j  , (1) 

where ( )  and ,( ) i  denote the differentiation with 
respect to t  and iy , respectively. Constituents of the 
material are assumed to exhibit linear elasticity and 
nonlinear viscoplasticity as characterized by 

 ( )ij ijkl kl klc    , (2) 

where ijklc  and ij  indicate the elastic stiffness and 
the viscoplastic strain rate of the fibers and the 

FREE EDGE ANALYSIS OF CFRP LAMINATES 

BASED ON A HOMOGENIZATION THEORY FOR 

TIME-DEPENDENT COMPOSITES 
 

K. Goto
1
*, T.  Matsuda

1
 

1
 Department of Engineering Mechanics and Energy, University of Tsukuba, Tsukuba, Japan 

* Corresponding author (k.goto.1987@gmail.com) 

 

Keywords: Free edge, Edge effect, CFRP laminate, Homogenization, Viscoplasticity 

 

ICCM19 672



matrix, respectively. In addition, ijklc  and ij  satisfy 
the following relations: 

 ijkl jikl ijlk klijc c c c   , (3) 

 ij ji  . (4) 

The microscopic velocity field ( , )iu ty  in Y  has the 
following expression: 

 #( , ) ( ) ( , )i ij j iu t t y u t y F y , (5) 

where ijF  indicates the macroscopic deformation 
gradient, #

iu  stands for the perturbed velocity field 
from the macroscopic one ( )ij jt yF . Then the 
microscopic strain rate ij  is expressed as a sum of 
the macroscopic strain rate ijE  and the perturbed 
strain rate #

ij , i.e., 

 #( , ) ( ) ( , )ij ij ijt E t t  y y , (6) 

where ijE  and #

ij  satisfy the following relations: 

  
1

2
ij ij jiE F F  , (7) 

  # # #

, ,

1

2
ij i j j iu u   . (8) 

Then, the integration by parts and the divergence 
theorem allow Eq. (1) to be transformed to 

 , 0ij i j ij j i
Y

dY n d


    v v . (9) 

In the above equation,  denotes the boundary of Y , 
( , )i tyv  indicates an arbitrary variation of # ( , )iu ty , 

in  stands for the unit vector outward normal to  . 
Now, let us consider the second term of the left-hand 
side in Eq. (9), i.e. the boundary integral term. First, 
on the internal surfaces, boundary A , ij  and iv  

satisfy the Y -periodicity, while in  takes opposite 
directions on opposite boundary facets. Thus, the 
boundary integral term of A  becomes 

 0
A

ij j i An d

   v . (10) 

Next, on the free edges, boundary B , the in-plane 
components of ij  and iv  satisfy the Y -periodicity. 
Therefore, the boundary integral term with respect to 
the in-plane components becomes zero from the 
same reason as for the internal surfaces 

 0,  ( 22,  33,  23)
B

ij j i Bn d ij

    v . (11) 

In contrast, the Y -periodicity of the out-of-plane 
components is no longer satisfied at the free edges. 
However, no traction force works along the out-of-
plane direction at the free edges. Thus, the following 
relation can be derived: 

 0ij   ( 11,  12,  31)ij  . (12) 

Thus, the out-of-plane components of the boundary 
integral term result in 

 0,  ( 11,  12,  31)
B

ij j i Bn d ij

    v . (13) 

From Eqs. (11) and (13), the boundary integral term 
of B  also becomes 

 0
B

ij j i Bn d

   v . (14) 

Consequently, the boundary integral term of Eq. (9) 
vanishes, and Eq. (9) is rewritten as 

 , 0ij i j
Y

dY  v . (15) 

Fig. 1. Unidirectional CFRP laminate with free edges and unit cell Y. 

1y

2y

3y

Free edges 

Y

B  (Free edges) 

A  (Internal surfaces) 
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Equation (15) has the same form as that obtained 
from the conventional homogenization theory for 
time-dependent composites [11]. Substitution of Eqs. 
(2) and (6) into Eq. (15) results in 

 

#

, ,

, ,      .

ijpq p q i j
Y

kl ijkl i j ijkl kl i j
Y Y

c u dY

E c dY c dY  



 

v

v v
 (16) 

Equation (16) has the following solution for #

iu : 

 # ( , ) ( ) ( ) ( , )kl

i i kl iu t E t t  y y y . (17) 

In Eq. (17), kl

i  and i  denote the characteristic 
functions determined by solving the boundary value 
problems as follows: 

 , , ,

kl

ijpq p q i j ijkl i j
Y Y
c dY c dY   v v , (18) 

 , , ,ijpq p q i j ijkl kl i j
Y Y
c dY c dY  v v , (19) 

where kl

i  has the following relation: 

 kl lk

i i  . (20) 

The evolution equation of microscopic stress ij  
and the relation between macroscopic stress rate ij  
and strain rate ijE  are derived as follows: 

 
 

 

,

,                      ,

kl

ij ijpq pk ql p q kl

ijkl kl k l

c E

c

   

 

 

 
 (21) 

 
 

 

,

,                        ,

kl

ij ijpq pk ql p q kl

ijkl kl k l

c E

c

   

 

 

 
 (22) 

where ij  indicates Kronecker’s delta, and  
designates the volume average in Y  defined as 

 
1

# #
Y

dY
Y

  , (23) 

in which Y  signifies the volume of Y . Here, ij  is 
defined as 

 ij ij  . (24) 

Then applying Eq. (23) to Eq. (6) and considering 
the Y -periodicity of #

iu , ijE  is defined as 

 ij ijE  . (25) 

The boundary value problems, Eqs. (18) and (19), in 
a finite element discretized form are derived as 
follows: 

 kl klKχ F  ( 11,  22,  ...,  31)kl  , (26) 

 K G , (27) 

where K , kl
F  and G  have the following 

expressions: 

 T

Y
dY K B CB , (28) 

 Tkl kl

Y
dY F B C , (29) 

 T

Y
dY G B C . (30) 

From Eq. (21), microscopic stress distribution in the 
vicinity of the free edges of the unidirectional CFRP 
laminate subjected to a macroscopic load can be 
analyzed. When solving Eqs. (18) and (19), the 
ordinary Y -periodic boundary condition is imposed 
on the internal surfaces, while the combination of 
the Y -periodic and the traction-free boundary 
conditions is imposed on the free edges. 

 

3. Numerical Analysis Techniques 

3.1 Semiunit Cell 

Let us consider half of the unit cell Y  as illustrated 
in Fig. 2, which hereafter is referred to as a semiunit 
cell Y . A close look at Fig. 2 reveals that the 
internal structure of the laminate has a point-
symmetry with respect to the center of the left 
boundary facet of Y , point C . Consequently, the 
distributions of the characteristic functions kl

i  and 

i  also satisfy the point-symmetry with respect to 
this point. Using the point-symmetry as a boundary 
condition on the left boundary facet, Y  instead of Y  
can be employed as the domain of analysis, leading 
to the following boundary value problems with 
respect to Y  [12]: 

 , , ,

kl

ijpq p q i j ijkl i j
Y Y
c dY c dY   v v , (31) 

 , , ,ijpq p q i j ijkl kl i j
Y Y
c dY c dY  v v . (32) 

Equations (31) and (32) can be also expressed as a 
finite element discretized form as follows: 

 kl klKχ F  ( 11,  22,  ...,  31)kl  , (33) 

 K G , (34) 

where K , kl
F  and G  also have the following 

expressions: 
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 T

Y
dY K B CB , (35) 

 Tkl kl

Y
dY F B C , (36) 

 T

Y
dY G B C . (37) 

When solving Eqs. (31) and (32), the point-
symmetric boundary condition with respect to C  on 
the left boundary facet, boundary C , is imposed on 

kl

i  and i . 

3.2 Substructure Method 

Semiunit cell Y  is divided into cubic substructures 

iA  ( 1,  2,  ...,  )i N  as shown in Fig. 3. Then the 
boundary value problems for the individual 
substructures are expressed as follows [7,8,13]: 

 
i

kl kl

A A AK χ F  ( 11,  22,  ...,  31)kl  , (38) 

 
ι iA Α AK G , (39) 

where AK , kl

AF  and 
iAG  have the following 

expressions: 

 T

i
A i

A
dA K B CB , (40) 

 T

i

kl kl

A i
A

dA F B C , (41) 

 T

i
i

A i
A

dA G B C . (42) 

It is noteworthy that all iA  have common AK  and 
kl

AF  because the geometry and material constants of 
all iA  are the same. Therefore, it is enough for us to 
calculate AK  and kl

AF  only once. 
Next, the components of 

i

kl

Aχ  and 
iA  are 

respectively divided into two parts, ( )

i

kl

A


χ and ( )

i

kl

A


χ , 

and ( )

iA

  and ( )

iA

 , where   and   indicate the 
boundary node components and the internal node 
components of iA . Then, the boundary value 
problems for iA , Eqs. (38) and (39), are rewritten 
into the following equations, respectively: 

 

( )( ) ( ) ( )

( ) ( ) ( )( )

i

i

kl kl
AA A A

klkl

A A AA

  

  

     
    

     

χK K F

K K Fχ
, (43) 

 

( ) ( )( ) ( )

( ) ( ) ( ) ( )

i i

i i

A AA A

A A A A

  

   

       
    

        

GK K

K K G




, (44) 

and we obtain 

    
1

( ) ( ) ( ) ( ) ( )

i i

kl kl kl

A A A A A

    


 χ K F K χ , (45) 

    
1

( ) ( ) ( ) ( ) ( )

i i iA A A A A

    


 K G K  . (46) 

The elimination of ( )

i

kl

A


χ  and ( )

iA

  from Eqs. (43) 
and (44) using the above equations, respectively, 
yields 

 ( ) ( ) ( )

i

kl kl

A A A

  K χ F  ( 11,  22,  ...,  31)kl  , (47) 

 ( ) ( ) ( )

ι iA Α A

  K G , (48) 

where ( )

A


K , ( )kl

A


F  and ( )

iA


G  are expressed as 

follows: 

Fig. 2.  Semiunit cell Y  of unidirectional CFRP laminate. 
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Free edges 
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B  (Free edge) 
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A  (Internal surfaces) 

Y

Fig. 3. Semiunit cell Y  with substructures. 
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1

( ) ( ) ( ) ( ) ( )

A A A A A

    


 K K K K K , (49) 

  
1

( ) ( ) ( ) ( ) ( )kl kl kl

A A A A A

    


 F F K K F , (50) 

  
1

( ) ( ) ( ) ( ) ( )

i i iA A A A A

    


 G G K K G . (51) 

Finally, Eqs. (47) of all substructures are assembled 
into one equation, which is the boundary value 
problem with respect to just the boundary nodes of 
all substructures, which the joint nodes of adjacent 
substructures belong to: 

 ( ) ( ) ( )kl kl  K χ F . (52) 

Moreover, Eqs. (48) of all substructures are also 
assembled into one equation in the same manner: 

 ( ) ( ) ( )  K G . (53) 

In the above equations, ( )
K  stands for the matrix 

consisting of ( )

A


K , ( )kl 

F  and ( )
G  indicate the 

vectors consisting of ( )kl

A


F  and ( )

iA


G , respectively. 

Moreover, ( )kl 
χ  and ( )  denote the nodal vectors 

of the characteristic functions at the boundary nodes 
of substructures. The characteristic functions ( )kl 

χ  
and ( )  are determined by solving Eqs. (52) and 
(53) with appropriate boundary conditions, i.e., the 
traction-free, the point-symmetric and the Y -
periodic conditions stated in the above subsections, 
and the continuity condition at the joint nodes of 
adjacent substructures. Then, the characteristic 
functions at the internal nodes, ( )

i

kl

A


χ  and ( )

iA

 , are 
calculated using Eqs. (45) and (46). 

 

4 Analysis 

4.1 Analysis Conditions 

Using the present method, microscopic stress and 
strain distributions in the vicinity of a free edge of a 
unidirectional CFRP laminate were analyzed. The 
substructure iA was discretized into 8-node 
isoparametric elements as depicted in Fig. 4 (4320 
elements and 5005 nodes). The volume fraction of 
the fibers was 56% [7,8]. The material constants 
were set as listed in Table 1 [6], where the subscripts 
L and T indicate the longitudinal and the transverse 
directions of the fibers, respectively. The fibers were 
regarded as transversely isotropic elastic materials. 
On the other hand, the epoxy matrix was assumed to 
be an isotropic elastic-viscoplastic material obeying 
the following constitutive equation [6]; 

 e
0

e

1 3

2 ( )

n

ijp

ij ij kk ij p

s

E E g

 
    

 

 
    

 
, (54) 

where ( )pg   denotes a hardening function 
depending on accumulated viscoplastic strain p , 

0

p  indicates a reference strain rate, ijs  stands for the 
deviatoric part of ij , and 

 

1/ 2

e

3

2
ij ijs s

 
  
 

. (55) 

The loading condition was a macroscopic constant 
strain rate 10

-5
 [s

-1
] in the 3y -direction. 

4.2 Decision of the Number of Substructures in Y  

Before performing the free edge analysis, the 
number of substructures in the semiunit cell Y , N , 
must be decided because it is an arbitrary parameter. 
To decide N , the relations between N  and the 
macroscopic and microscopic properties of Y  were 
examined. For example, Fig. 5 is the relation 

Table 1. Material constants. 

LL TT

TT LT

LT

5

0

0.165

240[GPa] 0.49

Carbon fiber 15.5[GPa] 0.28

24.7[GPa]

3.5[GPa] 0.35

Epoxy 10 35

( ) 141.8( ) 10

p

p p

E

E

G

E

n

g









 



 

 



 

 

 

1y  

2y  

3y  

Carbon fiber 

Epoxy 

Fig. 4. Substructure 
iA  and finite element mesh. 

Semiunit cell Y  

Infinite periodic material 

Fig. 5. Change of macroscopic Young’s modulus 3E . 
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between the number of substructures N  and 
macroscopic Young’s modulus in the loading 
direction, 

3E . In this figure, the dots show the result 
of the free edge analysis, while the solid line shows 
that of the conventional homogenization theory. 
Figure 5 designates that the interaction between the 
free edges disappears macroscopically with increase 
in N , and the result of the free edge analysis 
converges on that of the conventional 
homogenization theory. Not only the macroscopic 
properties but also the microscopic properties, such 
as the maximum value of microscopic stress in Y , 
converge with increase in N . Thus, the number of 
substructures was set at 30 in the following analysis, 
which is enough to avoid the interaction between the 
both free edges. 

4.3 Analysis Results 

4.3.1 Macroscopic Stress-Strain Relation 
Figure 6 shows macroscopic stress-strain relations of 
a unidirectional CFRP laminate under transverse 
direction tensile load. In this figure, the solid line 
shows the result of the free edge analysis, while the 
dots show that of the conventional homogenization 
theory for time-dependent materials. As seen from 
this figure, these results show a good agreement with 
each other, which means that the edge effect 
scarcely affects the macroscopic properties of a 

unidirectional CFRP laminate. This indicates that the 
interaction between the free edges was successfully 
avoided by setting N  at 30. 
 
4.3.2 Microscopic Stress and Strain Distributions 
In this analysis, the microscopic stress and strain 
distributions in the whole semiunit cell Y  were 
obtained. In this subsection, however, the results for 
the substructures 

1A , 
29A  and 

30A  in Y  were 
selectively shown. As depicted in Fig. 7, 

1A  has the 
point-symmetric surface, 

29A  is one substructure 
away from the free edge, and 

30A  has the free edge 
surface, respectively. 
Figures 8(a)-(c) show the distributions of 
microscopic shear stress 31  in  1A , 29A  and 30A  
when  macroscopic tensile strain is 1.5%, 
respectively. The deformed shapes of these 
substructures are also depicted in these figures, 
where the displacement is magnified 10 times. It is 
seen from the figures that remarkable microscopic 
shear stress concentration occurs around the 
fiber/matrix interface region in the vicinity of the 
free edge (Fig. 8(c)). The maximum value of 31  
reaches 42.3MPa, which is about 38% of the 
macroscopic tensile stress. However, such stress 
concentration drastically decreases a little away 
from the free edge, and shear stress doesn’t occur at 
the internal region of Y  (Figs. 8(a) and 8(b)). 
Then, Figs. 9(a)-(c) depict the distributions of 
accumulated viscoplastic strain p  in the 
substructures under the same loading condition. 
Figure 9(c) shows that the maximum viscoplastic 
strain occurs in the epoxy matrix around the free 
edge. It is the same region where the maximum 
shear stress occurred. Macroscopic uniform tensile 
strain is 1.5%, while the maximum value of p  is 
about 3.0%. Thus, the maximum value of 
microscopic viscoplastic strain is twice as high as 
macroscopic one. But also in this case, such strain 
concentration limitedly occurs around the free edge, 
and the distributions become uniform in Y  along the 

1y -direction, i.e. the fiber direction (Figs. 9(a) and 
9(b)). These results show that the edge effect has a 
great influence on the microscopic stress and strain 
distributions in the vicinity of the free edge, though 
the influence is quite local. 

 

5. Conclusions 

In the present study, a free edge analysis method 
based on a homogenization theory for time-
dependent materials was newly proposed. For this, a 
traction-free boundary condition instead of periodic 
boundary condition was applied at free edges of 
CFRP laminates. And then, using this method, three- 

Fig. 7. Semiunit cell Y  and substructures iA  

( 1,  2,  ...,  30)i  . 

1y

2y
3y

Y

1A 2A 29A 30A 

Point-sym. Free edge 

1.5% tensile strain 

Fig. 6. Macroscopic stress-strain relations. 

Semiunit cell Y  

Infinite periodic material 
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1y  

2y  
3y  

Fig. 9. Distributions of microscopic accumulated 

viscoplastic strain 
p  in (a) 1A , (b) 29A  

and (c) 30A . 
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Fig. 8. Distributions of microscopic shear stress 

31  in (a) 1A , (b) 29A  and (c) 30A . 
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dimensional microscopic stress and strain 
distributions in the vicinity of a free edge of a 
unidirectional CFRP laminate were analyzed. It was 
shown that remarkable microscopic stress and strain 
concentrations occurred around the fiber/matrix 
interface region of the free edge. However, such 
stress and strain concentrations significantly 
decrease a little away from the free edge. This 
suggests that it is necessary to pay attention to 
microscopic stress and strain concentrations caused 
by the edge effect around free edges of CFRP 
laminates. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. General Introduction 

 

This paper focuses on innovative application of 

composites in primary aircraft structures.  

Current developments indicate a significant 

weight saving potential by using composite 

materials for primary structures. The aim is to 

reduce the weight by using composite material 

and to reduce costs with highly integrated 

design solutions combined with innovative and 

low cost manufacturing methods.  

Over the past years a few new innovative 

composite designs for complex primary aircraft 

structures have been developed by EADS 

Innovation Works. The work has been 

conducted in a multidisciplinary environment, 

involving numerous experts from design/stress, 

manufacturing and testing. As an example, the 

development of a composite flap rib (1) and a 

composite landing gear fitting are shown (2). 

Load introduction and load allocation are 

particularly critical design aspects for 

composites; both can trigger undesired matrix 

driven failure initiated by transverse stresses. In 

terms of material properties and analysis 

methods, little is known about the load bearing 

capacity of thick composite structures. These 

are investigated in detail and different analysis 

approaches are presented.  

In order to maintain design flexibility during the 

development process and in order to reduce 

development costs, the open mold Vacuum 

Assisted Process (VAP) has been chosen. All 

parts are manufactured with this process and 

afterwards validated in full scale fatigue and 

damage tolerant components tests. 

It is shown that complex primary aircraft 

structures can be designed for composite 

materials. The new designs even provide certain 

weight and cost benefits. 

 

2. Analysis of Composite Fittings  

Conventionally the classical laminate theory 

(CLT) is used to analyze laminated structures. 

The CLT however does not incorporate the 

influence of transverse shear and normal 

deformations. First- and higher order shear 

deformation theories have been proposed to 

improve the determination of transverse 

stresses, see Chang et. al (3) and Jing et.al. (4). 

Initial finite element investigations are 

conducted with 2D shells, in order to evaluate 

the behavior of composite fitting and joints. 

Different software packages provide a variety of 

elements with composite material options. For 

the analysis of compact composite components 

subjected to high loads it quickly becomes 

obvious that a 3D analysis is required in order to 

achieve satisfactory results, especially if 

significant transverse stresses are expected. Of 

special interest for the conducted calculations is 

the isoparametric 3D composite brick element 

provided by several software packages, such as 

Abaqus and MSC Marc/Mentat. For each layer 

different material properties can be applied. It 

has been previously shown by Kuhlmann and 

Rolfes (5) that this type of stacked brick 

element provides reasonable result for 

transverse normal stresses. Transverse shear 

stresses  and   however contradict the exact 

solution on a ply level since the step like 
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displacement distribution over the thickness of 

the composite element cannot be reproduced, 

see also Figure 1.  

 

 

Figure 1The accuracy of the calculated shear 

stresses can however be increased by using 

higher order shape functions. That is, elements 

with more nodal points through thickness, as 

suggested by Chang et. al. (3). A reasonable 

transverse shear stress distribution over the 

thickness of the structure can also be achieved 

with a discretization that features multiple 

elements over thickness, an approach chosen for 

the analysis of UTL. Hence this type of element 

presents an efficient way to model ultra-thick 

laminates that feature a large amount of layers 

since a layer wise discretization can be avoided.  

 

Figure 1: Deformation of composite brick 

element. 

In addition to the used 3D approach, methods 

have been presented in the literature to use 2D 

shell elements to obtain transverse stresses 

using the equilibrium equations, see Rohwer 

and Rolfes (5). The approach is implemented by 

Kuhlmann and Rolfes into the software package 

TRAVEST. 2D FE models offer far greater 

flexibility to design changes and usually require 

less computational resources. The 2D approach 

can be regarded as suitable for many structures 

where the thickness of the component is 

relatively small but where transverse stresses 

still are expected. Even for first assessments and 

the concept phase of thicker structures this 

approach can deliver good results with little 

effort. For more progressed design steps of UTL 

a full 3D analysis is however advised in order to 

accurately calculate 3D stresses.  

In addition to brick elements, continuum shell 

elements can be used. These provide all stress 

components with an enhanced formulation for 

the transversal shear stresses. Since 

delamination is a common type of failure for 

composite load introduction, the transversal 

shear and peel stresses are of high interest 

3. Composite Load Introduction Rib (LIR) 

The flap is part of the wings high lift system. It 

features a Load Introduction Rib (LIR) and a 

drive rib with integrated lugs for the attachment 

of the flap to the support structure of the wing, 

see Figure 2.  

 

Figure 2: Typical wing cross section with flap 

and load introduction rib 

The differential metallic design, consisting of C-

ribs with riveted load introduction fittings is 

substituted by an integral composite rib, as 

shown in Figure 3. By applying constant 

thickness to complex sections of the component, 

manufacturing costs can be decreased. 

Thickness variations are however applied to less 

complex sections of the preform. 
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Figure 3: Innovative composite load 

introduction rib 

The new design consists of an Omega- shaped 

composite rib, with integrated U- and L- 

profiles in the attachment regions. The flap is 

actuated by a drive arm located at the side of the 

load introduction rib. It currently consists of an 

external metallic bracket, which is attached to 

an internal metallic fitting. Both the bracket and 

fitting are also substituted with composite 

designs. The calculation of composite load 

introduction requires the implementation of 3D-

elements for an accurate analysis of all 

composite stress components. For the LIR, this 

is achieved by the use of 3D continuum shell 

elements, which provide all stress components 

with an enhanced formulation for the transversal 

shear stresses. Since delamination is a common 

type of failure for composite fittings, transvers 

stresses are of high importance. The load 

introduction rib is attached to the surrounding 

structure (2D-elements) with rivets. These rivets 

are implemented as elastic connectors (1D 

Elements) in conjunction with rigid body 

elements, see Figure 4. 

 

Figure 4: Design process for new composite 

load introduction rib 

The HYPERMESH pre-processor is used for the 

set-up of the finite element model due to its 

enhanced capabilities in 3D meshing and 

extensive support of different solvers, see 

Figure 5. For composite fittings, delaminations 

are more common than in-plane fiber failure. 

This type of failure is commonly induced by 

discontinuities such as free edges, ply run outs 

and gusset fillers. An accurate discretization of 

these regions is therefore essential.  

  

Figure 5: FE model of flap with integrated load 

introduction rib 

Abaqus is used for the numerical investigations, 

using elements with a composite material 

definition. Several load cases are calculated 

with the Abaqus implicit solver and post-

processed with Abaqus CAE. In addition the 

LIR is calculated with a 3D composite failure 

criterion by Cuntze (6). This action plane based 

failure criterion allows a precise analysis of 

matrix failure under combined inter- and 

intralaminar stresses. 

 

 
Figure 1: Composite Load Introduction Rib and 

Drive Fitting 

 

For the thinner rib area, damage tolerance 

criteria have to be applied with a high limitation 

of allowable strains. By using these strain limits 

a damage or delamination growth, by foreign 

object impact is highly unlikely. The thick 

composite lugs are sized for ply failure around 
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the shaft with sufficient reserve. Impacts on 

thick lugs usually do not inflict a ply failure, but 

rather a local delamination. The lugs are 

designed fail safe and all parts are attached 

using rivets. In case of a delamination growth, 

all components are still able to transmit loads 

into the flap. It is shown that the in-plane as 

well as the transversal stress components are 

uncritical for the new composite design, see 

Figure 6.  

  

Figure 6: Strain results of composite load 

introduction rib 

Additional extensive analysis of each rivet 

shows sufficient strength for the connection of 

the load introduction rib to the surrounding 

structure. The analytical calculation of the 

compo-site lugs is done with the approach in the 

following chapter. 

4. Composite Side Stay Fitting 

Another example of a radical composite design 

is the otherwise all metal main landing gear 

fitting, the so called Side Stay Fitting (SSF). 

The component is designed in carbon fiber 

reinforced composites (CFRP) in the framework 

of the EU project ALCAS (Advanced Low Cost 

Aircraft Structures, (7)). Due to the massive 

loads (up to 180 tons) and the compact 

dimensions, the component features wall 

thicknesses of up to 90mm, compared to a 

maximum height of the component of 

approximately 700mm. The aim is to reduce the 

weight of the component but also to provide a 

distinct cost benefit, in accordance with the 

overall project goal. Two prototypes of the 

fitting are produced, see Figure 7. Based on the 

gained manufacturing experience the cost 

benefit is evaluated for a possible serial 

production. An adapted version of the vacuum 

assisted process (VAP) is developed in order to 

maximize flexibility during the development 

phase of the component and to reduce the 

development costs in total. Using the process, a 

large number of components are manufactured 

for an extensive test program. In addition two 

full scale prototypes are manufactured. The 

entire manufacturing process is continuously 

optimized and refined.  The gained experience 

is implemented and combined in a final study of 

a serial production of the CFRP fitting. In a 

final step the gained figures are compared to 

data from the standard metallic fitting. For the 

Side Stay Fitting an uncomplicated topology is 

developed, suitable for the manufacturing in 

carbon fiber reinforced plastics. This was found 

to be a fundamental condition for a successful 

completion of the task, and the design can hence 

be categorized as manufacturing driven. 
 

 

Figure 7: Second Side Stay Fitting prototype 

with asymmetric lug thicknesses, mounted to a 

demonstrator display unit. 

 

The FE analysis is performed with stacked 

composite brick elements, utilizing the standard 

FE code MSC.MARC (8) with the standard pre- 

and post-processor MSC.MENTAT. Highly 

loaded composite fittings suffer from load 

insertion and load allocation problems. The load 

insertion often requires a hole in the laminate, 
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creating a discontinuity. Free edges are created 

causing substantial stress concentrations. In 

addition, the loads have to be distributed away 

from the load insertion area into the adjacent 

structure. This will add to the shape complexity 

of the component and usually results in 

unfavorable shapes, such as curved sections and 

sharp corners. Here pure in- plane stresses are 

transformed into transverse stresses with low 

allowables. A typical load case is illustrated in 

Figure 8 and Figure 9. 

  

Figure 8: T-Section test setup.  

 

Figure 9: T- cross section under axial load.  

 

4.1 Manufacturing  

For thick and ultra-thick laminates a new 

derivative of the standard open mold vacuum 

assisted process (VAP) is used, see also (9). 

Curing thick composites and thus large amounts 

of resin potentially leads to an uncontrolled 

thermal event due to the large amount of 

exothermal heat generated by the chemical 

process. Thus, a new process, referred to as 

‘integrated tooling’ is applied, as described in 

(10). Here the laminate is manufactured in steps, 

where essentially dry fibers were applied on top 

of cured but not tempered sections until the 

required thickness is reached. The SSF is 

manufactured with non-crimped fabric (NCF) 

and the RTM6 resin system. The standard 

curing cycle is adjusted (reduced temperature) 

to prevent overheating.  The SSF manufacturing 

process can be split into the manufacturing of 

the sub-components and the assembly of these, 

to form the final fitting. In general there are 

three different folding processes, one for each 

sub-component of the fitting, as shown in 

Figure 10. None of these folding processes 

creates a fiber overlap. The center section 

however will create an enclosure due to the 

spring back effect. Demolding is facilitated by 

using an adjustable tooling. The dry NCF 

fabrics are consolidated, infiltrated and cured to 

reach a thickness of 30mm. In a second step 

additional plies are added on top of the pre-

cured sections, until a total thickness of 45mm 

is reached. The process is hence referred to as 

‘integrated tooling concept’, since the pre-cured 

laminate serves as a tooling for the next portion 

of the dry fibers. Finally all sections are 

arranged in an assembly, infiltrated and cured 

again for the inner dry NCF. The entire laminate 

is tempered in a final stage.  

 

 

Figure 10: Stepped manufacturing of ultra-thick 

laminates.  
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5. Process Induced Deformations and Process 

Optimization 

Several manufacturing trials are conducted in 

order to validate the process and to avoid 

uncontrolled thermal reactions. For that purpose 

the manufactured samples are equipped with 

temperature sensors. Figure 11 illustrates the 

first manufactured UTL samples. For the 

infiltration the RTM6 resin system is used and 

the generated temperature plots are deployed to 

adapt the standard cure cycle. Especially thicker 

samples indicate that the generated heat during 

curing quickly renders the cycle out of control. 

A  new cycle is characterized by a reduced cure 

temperature with a longer cure phase. Samples 

with a thickness of up to 80 mm are 

manufactured in one shot. In addition spring-in 

tests are conducted with the new cure cycle.  

 

 

Figure 11: Samples manufactured for process 

validation. 

Process induced deformations present a 

significant challenge. The main causes for 

process induced deformations are the difference 

between longitudinal and transverse coefficient 

of thermal expansion (CTE) and the resin cure 

shrinkage. The total spring-in is hence 

calculated as (see also Figure 12) 

  TE CSt       

 

Here ‘TE’ stands for thermal expansion and 

‘CS’ for the cure shrinkage. There are numerous 

parameters with significant influence, such as 

the interaction with the tooling and possible 

material imperfections. These have to be 

understood in order to achieve required 

tolerances. The final fitting consists of several 

individual components that are joined in a final 

process. Each component introduces shape 

distortions that have to be accounted for in the 

design of the tooling.  

 

Figure 12: Process induced deformations. 

To quantify this effect and to evaluate if the 

spring back angle is reproducible, curved NCF 

components are produced. The parts are 

manufactured with the standard VAP method 

and on an adjustable metal mold, as illustrated 

in Figure 13. Debulking is performed in four 

steps with 40 layers of NCF with a quasi-

isotropic orientation with 39 layers of binder 

fleece.  

  

Figure 13: PID tool. 

The investigation has shown that the spring 

back angle is reproducible and constant with 1° 

for the applied process parameters. No 

significant fiber distortions are identified after 

curing. Fiber undulations, or fiber waviness, 

have been shown to have notable influence on 

the behavior, see Chun et. al. (11). These 

undulations which are undesired in the radius 

due to the presence of normal stresses, are also 

reduced to a minimum due to several debulking 

steps.  
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Figure 14: Firs L-corner for spring-in 

investigation. 

The process is analyzed and the curing process 

is optimization. It is found that the process may 

either be optimized to minimize spring-in 

effects, or to reduce the manufacturing times. 

An example is given in Figure 15, which 

illustrates a slightly optimized cure cycle for a 

30mm thick curved laminate. The initial cure 

temperature is increased in order to rapidly 

initiate the resin cure. Afterwards the 

temperature is reduced in the actual cure phase 

to reduce the temperature difference which 

causes a major portion of the spring in. 

According to the calculations spring-in is 

reduced by 25%. 

 

Figure 15: Optimized curing cycle for spring in 

reduction. 

6 Cost and Weight Assessment 

6.1 Cost Reduction  

For the presented load introduction rib a cost 

reduction of approximately 5% is calculated for 

the composite solution with all metallic fail safe 

parts compared to the all metal solution. 

 

For the example of the Side Stay Fitting, ultra 

thick laminates provide a significant cost benefit 

of 20% compared to the metallic counterpart. 

For the cost analysis lessons learned from the 

prototype manufacturing are used to analyze a 

possible serial production of the composite 

fitting, see Figure 16. The metallic fitting in its 

original shape is not directly transferable to the 

CFRP design. Thus for the new CFRP fitting a 

suitable topology and manufacturing process 

had to be developed. This is found to be a 

fundamental condition for a successful 

completion of the task, and the design can hence 

be categorized as highly manufacturing driven. 

It should also be mentioned that although the 

open mold VAP process does provide distinct 

benefits for the development of a component, a 

closed mold process such as RTM might be 

beneficial for a high volume production rate. 

But, considering the fact that composites are 

classically used for thinner and shell like 

structures, it does seem encouraging to provide 

such a distinct cost and weight benefit for a 

compact and highly loaded fitting manufactured 

in CFRP.  

 

 

Figure 16: Comparison of the production costs 

of the SSF, related to the initial productions 

costs of the prototype 
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6.2 Weight Reduction  

With the innovative and integral design of the 

composite load introduction rib a weight 

reduction of over 30% is achieved. In addition 

the thermal stresses by the former hybrid 

designs are eliminated.  

 

For the Side Stay Fitting, a weight reduction of 

6% is achieved for the prototype. An optimized 

design achieves a weight reduction of 18%, see 

Figure 17.  

 

Figure 17: Weight comparison of standard 

metallic fitting and CFRP counterparts, first & 

second prototype 

Conclusions 

The lack of out of plane material properties is a 

serious shortcoming for the design of UTL. 

Most failure modes are driven by transverse 

normal or shear stresses. A test setup designed 

for out of plane testing is proposed by M. Arcan 

et.al (12)), see Figure 18. A modified version of 

the rig is deployed by D. Hartung et.al (13) and 

J.Y. Cognard et.al. (14). A significant reduction 

in material strength is expected, primarily 

caused by manufacturing defects such as 

porosity, and thermally induced stresses, as 

shown by Shepheard et. al. (15). Based on these 

findings additional test are currently being 

planned. 

   

Figure 18: ARCAN test samples. 

If reliable 3D materials are available, the overall 

test effort may be reduced significantly, thus 

reducing development costs. Within the aircraft 

industry, composites are increasingly becoming 

the subject of interest for compact structural 

components. 

The weight and cost potential of ultra-thick 

laminates (UTL) used for a compact structural 

component is demonstrated. The FE- analysis 

has proven to be a usable tool even for extreme 

laminate thicknesses of up to 90mm. For that 

purpose several isoparametric brick elements 

are used to gain a stress distribution over the 

thickness of the laminate.  

Compact and highly loaded composite 

structures have shown their potential and in 

combination with improved analysis and test 

methods are destined to be part of any major 

aircraft program. The behavior of thick 

composites can only be fully understood by 

using a combination of empirical tests and 

improved analysis methods. Every test increases 

the costs of the project. Hence it is necessary to 

quickly improve the analysis capabilities in 

order to minimize the development costs. Early 

studies are conducted with standard 2D 

composite elements. However the results 

quickly indicated the need for a full 3D finite 

element analysis. But, in order to be able to 

assess the results from a 3D analysis, the 

performance of available element types has to 
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be investigated and verified with empirical 

results. For the manufacturing program two 

major goals are established; providing test 

samples for validation and developing and 

optimizing the manufacturing process itself.   
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1  Introduction  

Braiding is the formation of the bias interlacement 
of three or more strands of material. Conventional 

braiding machines adopt the maypole arrangement 

with half the yarn carriers rotating in a clockwise 

direction and the other half in an anti-clockwise 
direction along a circular track whilst interlacing 

with each other. The circular braiding machine 

forms a tubular structure which either creates a 
continuous sleeve or gets deposited on a mandrel [1, 

2].  

 
Braided structures are similar to woven structures in 

terms of their pattern of yarn interlacement. For 

braiding this is called the “braid pattern” and most 

common braid structure is regular braids which has a 
similar pattern to a 2/2 twill weaves but in the bias 

direction (figure 1).  

 

 
Fig. 1. The regular braid structure 

 

The second most common is the Diamond braid 
structure. This is similar to a 1/1 plain weave pattern 

but in the bias direction (figure 2). The arrangement 

of yarns is referred to as the topology. Braids can 

either be flat or more commonly produced in a 
tubular form, only a few inches in diameter due to a  

 
limited number of yarns used, where as woven 

fabrics are often produced as a broad cloth, several-

metres wide. 
 

 
Fig. 2. The diamond braid structure 

 

Traditionally braiding was used to produce narrow 

fabrics such as ropes and shoelaces. In recent years 
technical applications in composite materials are 

becoming popular. The structures are significantly 

larger, therefore require larger braiding machines. 

Advances in the size of the circular braiding 
machine, sees the continuous increase in the number  

of yarn carriers the machine holds and therefore an 

increase in the braid pattern variations which can be 
produced. This makes it even more important to be 

able to analyze the braid topology prior to braiding 

the material. Predicting the braid topology allows 
the analysis of yarn interlacements and braid 

structure. This effects downtime, labour and cost by 

reducing trial and error methods of producing 

different braid patterns. 
 

These two sets of braid yarns interlace with each 

other at a bias angle to the machine axis. This angle 

of interlacement is called the braid angle () shown 

in figure 3. The braid angle achieved is dependent 
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on the braiding machine parameters; the braid-head 

speed and the take-up speed which can be controlled 

and modified as per the requirements. 
 

 
Fig. 3. The braid angle [3] 

 

A broad range of studies have been conducted 

previously on braiding, braid geometries, and braid 

structures [4-8], however braid topology and its 
effect on the braid properties is still an area for 

extensive research. 

2 Braid topology 

By studying the movements of the yarn carriers and 

by taking into account the bobbin arrangements, the 
braid pattern can be composed (figure 4). This is 

achieved by initially numbering the bobbins going in 

each direction. The example given is based on a 12 
horngear circular braiding machine, which has a 1:2 

horngear to bobbin ratio, therefore giving 24 

potential positions to house a bobbin (12 clockwise 
and 12 anti-clockwise). In the topology diagram the 

bobbins moving in the clockwise direction are 

represented in white and the bobbins moving in the 

anti-clockwise direction are in grey. As the bobbins 
complete their rotations they go over and under the 

bobbins moving in the opposite direction, this 

deposits the yarn under and over these yarns. 
Depending on which yarn is on the surface of the 

braid, this yarn is shown in the braid pattern. 

Conventional horngear braiding machine, when fully 
loaded with bobbins, this will produce a regular 

braid. 

 

If a bobbin is removed from the machine, this 
removes the interlacement of that yarn through the 

braid pattern [9]. One or several bobbins can be 

removed. This creates braids with significantly 
different structures and hence geometries. These 

geometries can be analyzed and compared; they 

produce not only aesthetically different braids but 

also mechanically variable performing materials. 

 
Fig. 4. Developing a braid pattern for a 12 horngear 

machine (a) numbering braid bobbins; (b) braid pattern. 
 

Removing bobbins from a braiding machine allows 
structures of smaller diameters to be braided over 

without using time and resources to load the entire 

machine. Examples of topology based on a 12 
horngear machine but using various numbers of 

bobbins is represented in figure 5. The size of the 

braid pattern is proportionate to the number of braid 
bobbins used. 

 

 
Fig. 5. The braid topology using different number of 

yarns on a 12 horngear braiding machine 

 
 By being able to map the yarn topology it allows the 

operator to see the braid structure prior to braiding. 

This is essential as the braid structure and 

interlacement have an effect on the braids physical 
and mechanical properties. The lower the number of 

yarn carriers utilised, the fewer the yarn 

interlacements. This increases the number of straight 
floats of yarns and therefore reduces the level of 

crimp. Lower crimp is ideal for high performance 
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materials such as Carbon tow, whose mechanical 

properties are at their optimum at zero crimp. With 

certain braid topology structures it is possible to get 
a preform with zero interlacement, zero crimp and 

near-to-zero waviness (dependent on the tow cross-

section placed in the opposite direction).  

2.1 Theoretical topology simulation vs. actual 

samples 

The theoretical topology simulation can be 

compared with actual samples in order to verify the 

braid pattern. Choosing to use less number of braid 
yarns reduced the width of a braid, however if the 

mandrel is used then the width of the braid will stay 

the same but effect other geometrical parameters 

such as tow spacing and number of interlacements 
points. Figure 6 shows theoretical representations of 

the braid pattern or braids produced over a constant 

mandrel diameter using a varying number of braid 
yarns. The numbers of bobbins are 4, 8, 12, 16, 20 

and 24. Actual samples were produced using 

Glassfibre as yarn moving in the clockwise direction 
and Carbon fibre representing braid bobbins moving 

in the anti-clockwise direction. These different tows 

have been used so the yarn patterns and 

interlacements can easily be visualised. 
 

Theoretical Braid Pattern 
Actual Braided 

Samples 

4 Braid Yarns 

  

8 Braid Yarns 

  

12 Braid Yarns 

  
16 Braid Yarns 

 
  

20 Braid Yarns 

 
  

24 Braid Yarns 

 
  

Fig. 6. The interlacement patterns of various numbers of 

braid bobbins 

 

Braids which use the same number of braid yarns, 
but have different braid structures also exhibit 

different properties. Figure 7 represents the cross-
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section structure of a regular braid and a diamond 

braid along the fibre axis for the same number of 

yarns. By varying the braid structure, this also has an 
effect on the braid geometry such as tow width, tow 

spacing and tow thickness. 
 

 
Fig. 7. Cross-section view of braid along the fibre axis 

 

3 Experimental Methodology 

A regular braid and a diamond braid samples were 

produced using the circular braiding machines and 
braiding over a 25mm diameter metal mandrel. The 

regular braid was produced using a 12 horngear 

machine with a total of 24 yarn carriers. All 24 yarn 
carriers were occupied to produce a regular 2/2 braid. 

The diamond braid was produced using a 24 

horngear machine which houses a total or 48 yarn 

carriers but only 24 yarn carriers were utilized 
(figure 8), where for each direction every alternative 

yarn carrier was left empty in order to produce a 

diamond 1/1 structure using 24 bobbins in total. 
Therefore, both samples use 12 carriers rotating in 

the clockwise direction and 12 in the anticlockwise 

direction. The number of yarns has been kept 
constant and the braid angle has also been kept 

constant at a 45
o
 angle. The variable is the braid 

structure. 

 
The two sets of regular and diamond braid samples 

were produced in tubular shape and in single layer. 

Braiding was carried-out to produce a tri-axial braid 
structure embedding six axial carbon tows those 

were placed equidistantly. These axial tows were 

removed followed by braiding to facilitate removal 
of the braid sleeve from the core tool. In order to 

prevent the samples being distorted in the further 

processing, cello tape was placed along the length of 

each braid sample to secure the fibre orientation. 
The axial yarns were removed from the structure 

which reduced the grip of the interlaced helix fibre 

to the mandrel. The samples were then removed 

from the core and placed onto a tool plate. With the 

aid of another plate which applied an approximate 

force of 14 N, the samples were flattened.  
 

 
Fig. 8. A 24 Horngear machine house 24 out of 48 

possible bobbins 

3.1 Manufacture of composite laminate 

Following the flattening, the samples were prepared 

for vacuum assisted resin infusion process. The flat 

samples were placed next to each other on to a tool 

plate and the open edges were secured. Layers of 
peel ply, perforated film and breather material was 

laid on top of the samples. The resin distribution 

tube (RDT) was placed along the length of a single 
braid instead of next to the width of multiple 

specimens on the tool plate (figure 9). This 

arrangement ensured wetting the samples 

individually as the resin flows. The vacuum 
distribution line was placed next to the last sample 

on the tool plate. The whole arrangement was 

covered with bagging film, the edges of which were 
closed using sealant tape to provide an airtight seal 

onto the tool surface. In between the vacuum line 

laid inside the bag and the valve connected to the 
pump, a resin trap was placed to help absorb excess 

resin during curing. As the air was evacuated, the 

inlet tube was opened in a controlled manner; as a 

result the resin flew through the RDT. The braid 
samples were impregnated using a mixture of epoxy 

resin (Araldite LY564) and hardener (XB3486) with 

a resin to hardener mixing ratio of 100:34. After the 
resin infusion was completed, the part was cured in 

an oven at 80°C for 8 hours. Followed by curing, the 
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composite samples were cooled down slowly before 

removing from the bagging assembly.  

 

 
 
Fig. 9. Preform infusion set-up 

4 Results and discussion 

4.1 Geometrical Analysis of dry preform 

The geometrical measurements of the braid preform 
have been assessed both on the mandrel, off the 

mandrel after flattening along with the composite 

coupon. A summary of these results are given in 
table 1. Immediately after braiding the tow width of 

the regular braid was 3.95mm as compared to 

3.32mm for the diamond braid, however when the 
samples were flattened the tow width was found to 

have increased to 4.58 and 3.53mm for regular and 

diamond braids respectively. Furthermore after 

producing the composite coupons, the tow width 
futher increased to 5.24mm for the regular and 

4.01mm for the diamond braid. 

 
The thickness of the braid is influenced by the 

number of braid yarns used, the thickness of the 

yarns/tows, alongside other factors.  The tow 
thickness of the initial braid was calculated on the 

mandrel by using the diameter of the braided sleeve, 

against the mandrel diameter. The total 

circumference of the braid was measure from which 
the diameter was calculated and therefore a single 

layer thickness. A single layer contains 2 tows so is 

divided by 2 to get a single tow thickness. For the 
regular braid the tow thickness is 0.38mm compared 

to 0.57mm for the diamond braid. The thickness of 

the flattened braid was not able to be measured due 

to the compressive behaviour of the tows. The 

thickness of the tows within the composite coupon 

can be measured by cutting and polishing a sample 

along the fibre axis and taking microscopic images. 
Using an image analysis software the thickness is 

measured. The thickness of the tows within the 

specimens was 0.25 and 0.36mm for the regular and 
diamond respectively. The tow width of a braid 

changes during the transition of a braid straight after 

braiding, after flattening and after infusion. 

 
In addition to the tow parameters, the tow spacing 

can also be observed for the different structures. The 

tow spacing for a regular braid was seen to be 
0.46mm on the mandrel, 0.55mm after flattening and 

0.78mm after infusion. For the diamond sample the 

tow spacing was 4.53mm on the mandrel, 4.76mm 
after flattening and 5mm after infusion. Also the 

crimp of the sample was calculated by using the 

cross-section image along the fibre axis. The crimp 

for the regular braid composite sample was 0.17% 
compared to 0.34% for the diamond sample. 

 

  
Regular 

(2/2) 
Diamond 

(1/1) 

Tow 

width 

(mm) 

On Mandrel 3.95 3.32 

Flattened 4.58 3.53 

Composite 4.77 4.01 

Tow 

thickness 

(mm) 

On Mandrel 0.38 0.57 

Composite 0.25 0.36 

Tow 

Spacing 

(mm) 

On Mandrel 4.46 4.53 

Flattened 4.55 4.76 

Composite 4.78 5.00 

Crimp in composite (%) 0.17 0.34 

Fibre volume fraction 0.52 0.46 

Table. 1. A summary of the geometrical analysis for 

regular and diamond braid samples off mandrel, 

after flattening and in composite state. 
 

Calculating the fibre volume fraction involved acid 

digestion of the composite matrix and measuring the 
volume of fibre in a sample against the complete 

volume of the composite sample. The ASTM 

Standard D3171 [10] was used to calculate the fibre 
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volume fractions of both diamond (1/1) and regular 

(2/2) braided coupons. The fibre volume fraction 

value of 0.52 was observed for regular braid whilst, 
a value of 0.46 was observed for diamond braid  

4.2 Mechanical Testing 

Tensile testing of the braided composite coupons has 
been conducting using the Instron 5982. The coupon 

for testing is marked (figure 10) and a visual 

extensometer is used, which detects these markings 
and measures the axial stress. 
 

 
Fig. 10. Marked coupon in testing rig 

 

During testing the coupon exhbits a necking 

behaviour due to the shearing of the tows [11]. This 
necking behaviour is shown in figure 9. The typical 

stress-strain behaviour of the regular and diamond 

coupons are shown in figure 11 and a summary of 

the tensile results are given in table 2. The inditial 
modulus for both samples were similar however the 

maximum stress and maximum strain values vary 

greatly. The regular braid exhibits stress value of 
133.54MPa compared to 163.27MPa for the 

diamond sample and a strain value of 0.05 compared 

to 0.07. 

    
          (a)                     (b)  (c)         (d) 

Fig. 11. Regular coupon (a) before and (b) after testing; 

Diamond coupon (c) before and (d) after testing 

 

 
Fig. 11. Typical stress-strain behavior of regular and 

diamond braid coupons 

 

 
Regular (2/2) Diamond (1/1) 

Maximum 
Stress (MPa) 

133.54±10.59 163.27±6.49 

Maixmum 
Strain 

0.05±0.029 0.07±0.027 

Modulus (GPa) 14.4±0.94 14.4±0.85 

Table 2. The average maximum stress, maximum strain 

and modulus values for a regular braided and diamond 

braided coupon. 
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5 Conclusions 

The braid geometry and physical properties are 

influenced by the braid topology and can be 

predicted using braid topology models. The general 

rules can be applied to any braiding machine 
regardless of how many yarn carriers it holds. It is 

possible to produce braided sleeve preforms with 

different braid structures but using the same number 
of braid tows/yarns. This is achieved by using a 

certain selection of bobbins of various size or braid 

machines. 
 

The geometry of the dry braid preform sample was 

analysed and compared for the regular and diamond 

braids. An increase in tow width of the regular and 
diamond samples was seen after flattening and resin 

infusion, where tow width of regular braid was 

higher width than diamond braid. The tow spacing 
also increased slightly in each of the structures 

between the initial braid, after flattening and in the 

composite. In addition to the difference in tow width, 
there is a reduction of the tow thickness between the 

initial braid on the mandrel and in the composite, 

where the diamond braid had higher tow thickness in 

both states than the regular braided samples. 
 

The diamond (1/1) sample had a higher crimp 

percentage than the regular (2/2) braid samples. This 
is expected due the nature of the structure of 

interlacements where the regular braid has longer 

floats than the diamond structure. However it was 

observed that the regular braided samples had higher 
fibre volume fraction compared to the diamond braid. 

 

When under load the braided coupon exhibits a 
necking behavior. The young’s modulus for both 

regular and diamond braided composite samples 

were found to be the same however the failure 
strengths of the samples differed greatly. The 

diamond (1/1) braided coupons exhibit higher failure 

stress and strain compared to regular (2/2).  
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1  Introduction  

With the development of processing technology of 

high performance thermoplastic polymers, light-

weight structural applications for fiber reinforced 

thermoplastic composites are expanding rapidly in a 

number of sectors because thermoplastic composites 

have potential to achieve high-cycle and low-cost 

manufacturing and high recyclability in contrast to 

thermosetting composites [1,2]. Above all, 

polypropylene (PP), by itself or with other polymers, 

has been widely applied to automotive structural 

members such as bumper faces and interior parts 

because of high toughness and simple fabrication 

techniques [1].  

A new type of thermoplastic composite materials, 

carbon fiber reinforced polypropylene (CF/PP) 

which is composed of surface treated carbon fiber 

(TR50S provided by Mitsubishi Rayon) and maleic-

acid modified polypropylene (developed by 

TOYOBO) [3,4], has been developed for the 

purpose of applying to automobile frame structures 

in order to achieve significant reduction of vehicle 

weight. In addition, a high-cycle manufacturing 

technology by compression molding process to 

make effective use of high formability of the 

developed CF/PP has also been developed. 

In this study, we focuses on the mechanical behavior 

of the developed CF/PP, which can compose at least 

two types of fiber reinforced configurations. One is a 

a laminated constitution of chopped tapes deposited 

at random in in-plane pattern and the other is a 

unidirectional laminate. We introduce the finite 

element analysis  (FEA) by taking into consideration  

hybrid composition of unidirectional CF/PP laminate 

(UD laminate) and chopped tapes CF/PP laminate 

(CTT laminate), which leads to a new design 

approach of anisotropic hollow beam which satisfies 

both of high stiffness and high impact-absorbing. 

2 Material specification 

2.1 Specimen manufacture 

A compression molding of thermoplastic composites 

is appropriate for high-speed manufacture [5,6]. 

Fig.1 shows a molding process from a roll of the 

prepreg tape with the polypropylene impregnated 

into a continuous unidirectional bundle of the carbon 

fibers to a CTT laminate and a specimen. The 

specimen is cut from a CTT laminate, in which a lot 

of chopped CF/PP tapes are deposited at random in 

in-plane pattern. In this process, the pre-consolidated 

plate of chopped tapes is heated up to about 210 °C 

in a infrared heater, and right after that, the heated 

plate is delivered to and placed on the lower mold 

set on the press machine, and next, cooled down and 

compressive pressed around 120 °C with a pressure 

of 18MPa. Table.1 shows each composition of CTT 

laminate or UD laminate respectively. From 

mechanical aspect, the UD laminate has an 

orthotropic property and the CTT laminate has an in-

plane isotropic property.  

Continuous 
unidirectional (UD) 

prepreg tape

Chopped tapes laminate 

Cut piece
(Specimen)

Pre-consolidated 
plate of chopped tapes 
deposited at random

Compression 
molding

Pre-heating

Infrared 
heater

 
Fig.1 Molding process of CTT laminate and 

specimen. 
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Table.1 Composition of CTT and UD laminates. 

 CTT laminate UD laminate 

Carbon Fiber TR50S TR50S 

Volume 

Fraction 
50% 50% 

Tape size 
Length: 35mm 

Width: 15mm 
(Continuous) 

Matrix 
Acid modified 

polypropylene 

Acid modified 

polypropylene 

Mechanical 

property 

In-plane 

isotropic 
Orthotropic 

 

Supports

Specimen

Indenter

 
Fig.2 Static 3-point-bending test. 
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Fig.3 Strain-stress curves of CTT and CF-SMC. 

2.2 Static 3-point-bending test 

As shown in Fig.2, the strain-stress relationships of 

the developed CF/PP were examined by static 3-

point-bending test using universal testing machine 

(SHIMADZU AGS-5kNX) which can record a load-

deflection curve. The test results are shown in Fig.3. 

Here, for comparison, the graph plots both of strain-

stress curves of CTT and UD laminate, whose 

material main properties are listed in Table.1. From 

test result, it was found that the flexural fracture 

behavior of CTT is clearly ductile different from that 

of thermosetting composites, for example, CF-SMC 

which has the same volume fraction of the same 

carbon fiber but uses vinylester as a matrix [7]. On 

the other hand, the stiffness and strength of CTT are 

lower than those of UD laminate, but the stress of 

CTT declines gradually with the strain increasing 

after the fracture start. In other words, using CTT as 

a structural material performs a potential of higher 

fracture-energy-absorbing. 

 

3 Equivalent stiffness design by classical analysis 

In case of applying the developed CF/PP, whose 

density is about 1.35g/cm
3
 and whose volume 

fraction of carbon fiber is 0.5, to a hollow beam as a 

representative of the structural frames, the flexural 

stiffness of a CF/PP hollow beam should be equal to 

or more than a replaced steel hollow beam.  

In Fig.4, the relationships of carbon fiber volume 

fraction and weight reduction ratio of hollow beam 

are indicated in both cases of only CTT and only UD. 

Here, the tensile modulus of carbon fiber was 

defined as 240GPa and the isotropic elastic modulus 

of CTT was estimated at about one third of the fiber 

directional elastic modulus of UD laminate by the 

rule of mixtures [8]. If our target of the weight ratio 

is a half of steel manufacture, a CF/PP hollow beam 

has to be anisotropic in longitudinal direction to 

make use of the composite characteristics. Fig.5 

explains an example that the longitudinal elastic 

modulus of the applied material should be 77GPa by 

using classical analysis. From these aspects, an 

applicable anisotropic design, which combines the 

best properties of CTT and UD, should be installed 

to a significant lightweight hollow beam. 
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Fig.4  Weight reduction ratio of CF/PP hollow beam 

to steel hollow beam. 

ICCM19 697



 

Steel hollow beam CF/PP hollow beam Ratio to Steel
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Deformation 
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1
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Fig. 5 Weight reduction analysis for hollow beam with rectangular section 

 

4 Design of a CF/PP hollow beam 

4.1 FEA model 

The anisotropic CF/PP hollow beam with flange was 

designed by using the finite element analysis (FEA) 

model as shown in Fig.6. The geometries and mesh 

elements were created in Altair Hypermesh 11.0. 

MAT25 was used as material property of a laminar 

ply for the laminated shell element and MAT36 was 

used as material property of matrix between 

laminated plies for elastic-plastic-piecewise-linear 

material. And, for the pre-processing in Hypermesh 

11.0, PROP17 was used as laminated shell element 

for stacking multi plies defined by MAT25. Based on 

the rule of mixtures [8], CTT and UD properties 

assigned to each ply of the upper, lower and side 

plate of the hollow beam were defined in MAT25 as 

indicated Table.2. Each shell element as a ply of CTT 

has in-plane isotropic property and each shell element 

as a ply of UD has orthotropic property. And, the 

failure behavior of all elements was defined to 

comply with Tsai-Wu criterion. And, the stress-strain 

relationship of a layer between laminated plies as 

matrix was defined as a user-defined curve as Fig.7 

indicates. 

The FEA model demonstrated the 3-point-bending 

test and was compared to the experimental results. 

For saving the computation time, 1/4 model was 

constructed as shown in Fig.6. In this model, the 

indenter and support had rigid body property. And, 

the indenter was assigned with a constant speed in the 

vertical direction and detected the reactive force 

influenced by the deformation of the hollow beam. 

Those loading and boundary conditions as well as the 

meshing properties were imported to Altair 

RADIOSS 11.0 for an explicit analysis. 

Indenter

Support

Upper plate

Lower plate

Section view

 

Fig.6 FEA 1/4 model of 3-point-bending test. 
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Table.2 Material properties of CTT and UD 

Material properties  CTT UD 

Elastic modulus (GPa) E

 35 105 

 E

 35 2.9 

 E

 2.9 2.9 

 G
12
 13.5 1.1 

 G
13
 1.0 1.1 

 G
23
 1.0 0.9 

Poisson’s ratio 
12

  0.3 0.26 

 
13

  0.59 0.26 

 
23

  0.59 0.59 
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Fig.7 Elastic plastic piecewise property of PP matrix 

 

4.2 Comparison to experiment result 

For comparison of FEA result to experimental result, 

a CTT beam with a hat-section whose thickness is 

2.2mm was manufactured in the same molding 

process as Fig.1 shows, where the shape of pressing 

mold was not a plate but a hat-channel [5]. And next, 

a hat-channel beam and a plate with the thickness 

4.0mm were welded to each other by a vibration 

joining method. The finished part is shown in Fig.8. 

On another front, a steel hollow beam which has the 

same cross-section as the CTT hollow beam was 

manufactured from 780MPa-high-tensile-strength 

steel in order to examine a flexural behavior in a 

similar way (Fig.9). The thicknesses of all plates 

were 1.0mm and the total weight of the steel hollow 

beam was almost twice as the CTT hollow beam. 

The 3-point-bending tests were performed by using a 

universal testing machine SHIMADZU AG-100kNX. 

The experimental results are indicated with the FEA 

result in Fig.10. The graph shows the relationships of 

the stroke of the indenter and the vertical load 

detected by the indenter. As compared to the 

experimental relationship, it can be said that the FEA 

model with CTT material properties are almost valid 

for reproducing the experiment result, especially in 

initial linear deformation.  

 

 
Fig.8 CTT hollow beam. 

 
Fig.9 Steel hollow beam. 
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Fig.10 Comparison of experimental result and FEA 

result 
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4.3 Design for high flexural stiffness 

Although the weight of the CTT hollow beam was 

about a half of the steel hollow beam, the flexural 

stiffness which was evaluated as about 1300N/mm 

from the linear trend of both of experimental and 

FEA curves in Fig.10 was decreased by more than 

30% comparing to the steel hollow beam. That is 

because the elastic modulus of isotropic CTT was no 

more than 35GPa and could not attain a second 

moment of area to match the stiffness of the steel 

hollow beam as explained in classical analysis. 

At that time, the thickness of the upper plate was 

2.2mm and that of the lower plate was 4.0mm, so the 

thickness ratio of the upper plate to the lower plate 

was 0.55. The thicknesses of the upper plate and the 

lower plate can be optimized by varying the thickness 

ratio, improving the flexural stiffness and keeping the 

total weight of the hollow beam. The result of 

parameter study was indicated in Fig.11. The plots 

show the relationship between the thickness ratio and 

the flexural stiffness of the CTT hollow beam. From 

the result, in case that the thickness ratio is 2.5, that is 

when the upper plate has a 6.0mm thickness and the 

lower plate has a 2.4mm thickness, the flexural 

stiffness is the highest, reaching to 2000N/mm. 

And next, by using the same FEA model as defined 

in Fig.6 and Table.2, the effect of the increasing ratio 

of UD plies in the upper or lower plate was 

investigated in a way how high the flexural stiffness 

of the hollow beam was improved. Fig.12 indicates 

the relationship between the ratio of UD plies in the 

upper plate and the flexural stiffness of the CF/PP 

hollow beam. From this result, the best ratio of UD 

plies in the upper plate is 0.6 and this means that the 

thickness of the UD plies is 3.6mm and the thickness 

of the CTT laminates is 2.4mm. In a similar way, in 

case that the ratio of the UD plies in the lower plate is 

from 0.4 to 0.6, the flexural stiffness of the CF/PP 

hollow beam is the highest as understood from Fig.13. 

In other words, the thicknesses of the UD plies and 

the CTT laminate in the lower plate which equal to 

each other at about 1.2mm result in the highest 

flexural stiffness.  

From these analytic procedures using parameter 

studies, the shape of the hat cross-section and the 

ratio of UD plies to CTT laminates in the thickness of 

the plates can be determined for achieving the highest 

flexural stiffness of the CF/PP hollow beam. 
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Fig.11 Effect on the thickness ratio of the upper plate 

to the lower plate of the hollow beam. 
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Fig.13 Effect on the UD ratio in the lower plate. 

 

5 Manufacturing 

The shape and composition of the optimized 

anisotropic CF/PP hollow beam with flange was 

obtained by FEA model and parameter studies. In the 

next phase, the actual manufacturing was tested to  

ICCM19 700



 

Heat

UD 
prepreg tape

CTT sheet

UD sheet

Press

Cool

Press

Cool

Upper side Lower side

Hat-section 
beam

Base plate

Hat-section 
beam

Base plate

Vibration 
welding

 
Fig.14  Manufacturing process of anisotropic CF/PP hollow beam. 

 

satisfy the shape and composition. Fig.14 shows the 

molding process which includes a compression 

molding with heating and cooling system and a 

vibration welding. Different from the previous 

molding process shown in Fig.1, the pre-consolidated 

CTT sheet and UD sheet were heated up without 

pressure in the mold by heat transfer from the 

pressing plate with some heaters installed in the press 

machine. Right after reaching up to about 200 °C, the 

stacked sheets of CTT and UD were cooled down and 

compressive pressed at a pressure of 10MPa. 

Through these processes, a hybrid hat-section beam 

and a hybrid base plate with the desired thickness and 

ratio of UD plies were obtained. After that, by 

vibration welding, the hat-section beam and the base 

plate were combined into a CF/PP hybrid hollow 

beam as shown in Fig.14.  

 

6 Verification 

The 3-point-bending test was conducted to examine 

the relationship of stroke and load and verify how 

high the flexural stiffness was improved to compare 

to the previous CTT hollow beam. And the flexural 

fracture behavior progressing during the test was 

investigated, comparing to the post-processing 

simulation in Hyperview 11.0 for the FEA result. 

Fig.15 shows a 3-point- bending test for the hybrid 

CF/PP hollow beam. And, test results in both cases of 

hybrid and only CTT hollow beams are indicated in 

Fig.16. As is clear from the initial linear slopes of 

two curves, the anisotropic hybrid one improves the 

flexural stiffness considerably in spite of almost the 

same weight as the CTT one. 

Indenter

Support

Hybrid hollow beam

Support

 
Fig.15  3-point-bending test. 
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Fig.16  Experimental result of 3-point-bending test. 

 

Fig.17 Comparison of FEA simulation (upper) and 

experimental video photo (lower). 
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Fig.18 Flexural behavior of experimental tests of the 

steel and the hybrid CF/PP with FEA result. 

 

Fig.19 Stress distribution of the hybrid hollow beam. 

 
Fig.20 Test piece after the 3-point-bending test 

 

Fig.17 compares the deflections from side view of the 

post-processing simulation by the FEA model and the 

experimental photo recorded by a video camera at the 

maximum vertical load detected by the indenter. 

These comparisons during initial elastic deforming 

represents that the FEA simulation can demonstrate 

the total deflection of the hollow beam in the 

experimental behavior. The similar thing is described 

by comparing of the FEA and experimental curves of 

the hybrid CF/PP hollow beam in Fig.18. 

In addition, from test results of the hybrid CF/PP one 

and the steel one, the hybrid one performs larger 

energy absorbing than the steel one because of its 

ductile property as well as its higher strength. 

At the maximum load, the stress distribution in the 

longitudinal direction of the hollow beam is 

visualized in a contour figure as shown in Fig.19. The 

highest compressive stress in all mesh elements 

appears at a contact area of the upper plate with the 

indenter and the initial fracture which is expressed as 

a mesh break starts at the corner of the upper plate. 

As is also clear from the test piece after the bending 

test as Fig.20 shows, the compressive fracture spread 

from around the corner between the upper plate and 

the side plate, with the hollow beam compressive 

deforming. 
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7 Conclusions 

In this study, an anisotropic hollow beam made from 

the developed CF/PP for an automobile frame 

structure was designed by using a FEA and 

manufactured by compression molding with heating 

and cooling system. With a FEA process, focusing on 

the flexural stiffness of the hollow beam obtained 

from a linear curve of the initial deformation, an 

optimal combination of the shape of hat-section and 

ratio of UD and CTT was worked out successfully. 

After verifying the flexural behavior by a static 3-

point-bending test, it was confirmed that the 

optimized designed hybrid CF/PP hollow beam 

satisfied not only higher flexural stiffness but also 

higher energy absorbing capacity than a 780MPa-

tensile-strength steel hollow beam which was the 

same in form but twice as heavy as the optimized 

designed one. And, the FEA simulation in a post-

processing which can express stress distribution and 

damaging mode of mesh elements was valid to 

understand an initial fracture behavior of actual 

manufactured hollow beam. 
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1 Introduction

Laminated composite parts are more and more used

in the industry. Indeed, forming such parts has been

practiced for a while now, and the knowledge around

processes is now mature. On the other side, the size of

manufactured parts is increasing, from ones to tens of

meters. These large parts are also more and more used

for primary structure of complex systems, leading to

thick parts consisting of a great number of plies. Large

thickness implies higher thermal effects during form-

ing processes and potentially leads to higher residual

stresses and deformations. Due to the large size of

both parts and tools, the experimental trial and error

correction of the tool in order to obtain an admissible

part is not affordable anymore. This, combined with

the requirement of rapid design, leads to the massive

use of predictive numerical tools in order to avoid ex-

perimental adjustment and get a part satisfying the ge-

ometrical tolerance on the first attempt.

In order to predict residual stresses and residual

deformation of the manufactured part, the suitable

physics has to be included in the numerical model. In

the case of composite parts with thermosetting matrix,

chemical reactions and thermo-mechanical behavior

have to be simulated during the forming process to

predict the geometry and the stresses in the consid-

ered part. Even if the litterature is very rich in the

domain of plate and shells theories for elastic prob-

lems [3, 5, 9, 8, 7, 4], the resolution of such a problem

seems hard to be included in a multi-physic shell for-

mulation. Thus a 3D approach is preferred.

The main idea here is to solve the 3D formulation

combined with a model reduction technique to main-

tain reasonable computational costs. This model re-

duction method is based on the Proper Generalized

Decomposition using an in-plane/out-of-plane repre-

sentation of the quantities.

In the present work, we recall the method proposed

for plates [2] and extend it to shells.

2 Resolution of the 3D elasticity on plate ge-

ometry

2.1 Introduction of the PGD

Let us consider a linear elasticity problem defined on

a domain Ω (see figure 1), where Ω is the considered

plate-like domain, σσσ is the stress tensor, εεε is the strain

tensor, fd is the body force, and Fd is the surface force

applied on the part ∂2Ω of the boundary of the domain

Ω, and ∂1Ω the part of the boundary submitted to a

prescribed displacement.

The mechanical problem consists in finding the so-

lution vector field uN on Ω, satisfying the virtual work

principle:

∫∫∫

Ω

(

σσσ(u⋆) : εεε(u)
)

dΩ

=
∫∫∫

Ω

(u⋆ · fd)dΩ+
∫∫

∂2Ω

(u⋆ ·Fd)dΓ. (1)

The use of the Proper Generalized Decomposi-

tion in plate geometries using an in-plane/out-of-plane

variables separation has been detailed in [2]. The main

idea is to describe all quantities of the model using a

1
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Ω

∂1Ω
∂2Ω

Figure 1: Considered domain Ω

separated representation as follows:

F(x,y,z) ≈
N

∑
i=1

F i
xy(x,y) ·F i

z (z). (2)

According to this formalism, the unknown dis-

placement field is expressed as a sum of products of

functions of the in-plane coordinates times a function

of the out-of-plane coordinate:

uN(x,y,z) =
N

∑
i=1





ui
xy(x,y) ·ui

z(z)

vi
xy(x,y) · vi

z(z)

wi
xy(x,y) ·wi

z(z)



=
N

∑
i=1

Ui
xy ◦Ui

z

(3)

The resolution scheme is the following: assuming

uN is known, we look for an enriched solution uN+1

involving an additional term in the separated represen-

tation [1]:

uN+1(x,y,z)= uN +





Ru(x,y) ·Su(z)
Rv(x,y) ·Sv(z)
Rw(x,y) ·Sw(z)



= uN+R◦S.

(4)

The non-linear problem in R and S is then solved

using a fixed-point algorithm and upon convergence,

the newly computed enrichment is added to the so-

lution. We keep on computing new modes until the

solution is accurate enough according to a prescribed

precision. The enrichment algorithm used to solve the

3D problem is shown in Figure 2 .

The solution is initialized with a set of terms sat-

isfying the Dirichlet boundary condition. Further en-

richments will therefor be zero on ∂1Ω. We assume

here that the edge ∂1Ω writes:

∂1Ω = ∂1Ωxy ⊗∂1Ωz, (5)

where ∂1Ωxy is a sub-domain of the 2D x and y coor-

dinate domain, and ∂1Ωz is a sub-domain of the 1D z

coordinate domain.

Generation of a

kinematically admissible mode

Initialisation of S

Resolution of the R problem

Resolution of the S problem

Fixed point convergence check

Add R ◦ S to the solution

Global convergence check

End of the resolution

yes

no

yes

no

Figure 2: General algorithm used to solve the problem

2.2 Resolution of the R sub-problems

The alternate solution of the R and S problems in the

fixed point strategy implies an initial guess for the fist

solution of the R problem. For the next steps of the R

problem in the fixed point, the previously computed

S function is available. In this work, we consider a

random value for each degrees of freedom of the S

function.

Considering the S function known, the appropriate

test function to solve the R problem is :

u⋆(x,y,z) = R⋆ ◦S (6)

According to the chosen separated representation,

the strain writes:

εεε(R◦S) =
N

∑
i=1











Ru,x ·Su

Rv,y ·Sv

Rw ·Sw,z

Rw,y·Sw +Rv ·Sv,z

Rw,x·Sw +Ru ·Su,z

Rv,x ·Sv +Ru,y·Su











(7)

Then, substituting all terms in the expression of the

2
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∫∫∫

Ω











R⋆
u,x ·Su

R⋆
v,y ·Sv

R⋆
w ·Sw,z

R⋆
w,y·Sw +R⋆

v ·Sv,z

R⋆
w,x·Sw +R⋆

u ·Su,z

R⋆
v,x ·Sv +R⋆

u,y·Su





















K11K12K13 0 0 K16

K12K22K23 0 0 K26

K13K23K33 0 0 K36

0 0 0 K44K45 0

0 0 0 K45K55 0

K16K26K36 0 0 K66





















Ru,x ·Su

Rv,y ·Sv

Rw ·Sw,z

Rw,y·Sw +Rv ·Sv,z

Rw,x·Sw +Ru ·Su,z

Rv,x ·Sv +Ru,y·Su











dΩ

=−
∫∫∫

Ω

(

εεε(R⋆ ◦S) : K : εεε(uN)
)

dΩ+

∫∫∫

Ω

(

(R⋆ ◦S).fd

)

dΩ+

∫∫

∂2Ω

(

(R⋆ ◦S).Fd

)

dΓ (8)

virtual work, the R is rewritten as shown on equa-

tion 8.

In order to perform all integrals of the known func-

tions depending of the z coordinate, the matrix-vector

product must be expanded. This lead to the following

equation:

41

∑
i=1

λSi
︸︷︷︸

︷ ︸︸ ︷
︷ ︸︸ ︷∫

Ωz

(
Sci,γi

·Kmini
(z) ·Sdi,δi

)
dΩz

∫∫

Ωxy

(
R⋆

ci,αi
·Rdi,βi

)
dΩxy

=−
41N+6

∑
i=1

λ
i

︸︷︷︸

︷ ︸︸ ︷
︷ ︸︸ ︷∫

Ωz

(
Sci,γi

·Kmini
(z) ·Wzi,δi

)
dΩz

∫∫

Ωxy

(
R⋆

ci,αi
·Wxyi ,βi

)
dΩxy (9)

Where:

Wxyi
∈ [ui

xy,v
i
xy,w

i
xy, fduxy

, fdvxy
, fdwxy

,Fduxy
,Fdvxy

,Fdwxy
]

Wzi
∈ [ui

z,v
i
z,w

i
z, fduz

, fdvz
, fdwz

,Fduz
,Fdvz

,Fdwz
]

mi ∈ [1,2,3,4,5,6]

ni ∈ [1,2,3,4,5,6]

ci ∈ [u,v,w]

di ∈ [u,v,w]

αi ∈ [∅,x,y]

βi ∈ [∅,x,y]

γi ∈ [∅,z]

δi ∈ [∅,z].

This is a 3-component boundary value problem on

Ωxy for which R is the unknown. The resulting prob-

lem is solved using finite element method.

2.3 Resolution of the S sub-problems

Having computed R, we consider then the update of

S. The appropriate test function is used:

u⋆(x,y,z) = R◦S⋆ (10)

In the same way that described in the previous sub-

section, the quantities are substituted in the expression

of the virtual work by their respective separated rep-

resentations, and lead to solve the 3-component un-

known S 1D problem using the finite element method.

41

∑
i=1

λRi
︸︷︷︸

︷ ︸︸ ︷
︷ ︸︸ ︷∫∫

Ωxy

(
R⋆

ci,αi
·Rdi,βi

)
dΩxy

∫

Ωz

(
Sci,γi

·Kmini
(z) ·Sdi,δi

)
dΩz

=−
41N+6

∑
i=1

λ
i

︸︷︷︸

︷ ︸︸ ︷
︷ ︸︸ ︷∫∫

Ωxy

(
R⋆

ci,αi
·Wxyi ,βi

)
dΩxy

∫

Ωz

(
Sci,γi

·Kmini
(z) ·Wzi,δi

)
dΩz

(11)

2.4 Fixed-point convergence check

The alternate solution of the problems in R and S keep

running until the following stagnation criterion used is

met. If we call Ri and Si the functions computed on

the ith step of the fixed point, then the convergence is

considered reached when:

3
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∫∫

Ω

‖Ri ◦Si −Ri−1 ◦Si−1‖dΩ < εfixed point. (12)

Then, the converged mode is included in the solu-

tion:

uN+1 = uN +Ri ◦Si

2.5 Global convergence check

The enrichment loop keep on running adding modes
to enrich the solution u. A criterion is then needed
to stop the enrichment process when the desired accu-
racy is reached. The criterion used here is based on
the norm of the relative residual of the problem, with
respect to the residual of the unenriched one:

−
∫∫

Ω

(
εεε
(
u⋆
)
·K · εεε

(
uN+1

))
dΩ+

∫∫

Ω

(u⋆ · fd)dΩ

∫∫

Ω

(u⋆ · fd)dΩ
< εresidue

(13)

Others criteria are possible, based for example on er-

ror estimators [6].

2.6 Example

Let us consider a composite plate with a hole in the

center, submitted to a prescribed displacement on the

right side (see Figure 3)

Ud

0

a

a

y

x

z

e

R

Figure 3: Definition of the problem

The stacking sequence is [0,45,−45,90]s . The geo-

metric dimensions are the following: a = 200.10−3m,

R = 25.10−3m, e = 1.10−3m. The material properties

are typical properties for unidirectional carbon-epoxy

plies.

Figure 4 shows the x component of the displace-

ment field on the plate. The considered approach is

particularly suited for the 3D modeling of laminates.

Indeed, it allows a very refined mesh in the thickness

direction without penalizing the computing time, be-

cause the associated problem to solve is a 1D problem,

whose cost is negligible in comparison of the cost of

the resolution of the 2D problem.

Figure 4: Displacement in the traction directionand on

the deformed mesh of the considered plate

Figure 5 shows a detail of the edge of the hole, and

emphasizes the alternating positive and negative σσσ zz

stress near the edge of the hole. The refinement of the

mesh can be again appreciated on this figure.

Figure 5: Detail of the transverse stress on the edge of

the hole

This fully 3D solution is computed in only several

minutes using an ordinary laptop with only 4Go of

4
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RAM, while, the reconstruction and display of the so-

lution field over the whole domains requires 16Go of

memory.

3 Resolution of the 3D elasticity on shell ge-

ometry

3.1 Physical space definition

The idea developed here is to solve the 3D elasticity

problem on a shell geometry using a similar represen-

tation of quantities as previous described for plates.

The quantities will now be expressed by as sums of

products of function involving the reference surface’s

coordinates (ξ ,η) and normal direction’s coordinate

ζ .

The solution vector field u will be expressed as fol-

lows:

uN(ξ ,η ,ζ ) =
N

∑
i=1






ui
ξη(ξ ,η) ·ui

ζ (ζ )

vi
ξη(ξ ,η) · vi

ζ (ζ )

wi
ξη(ξ ,η) ·wi

ζ (ζ )






=
N

∑
i=1

uξη(ξ ,η)◦uζ (ζ ). (14)

The application xP(ξ ,η) gives the position of the ref-

erence surface function of the parametric coordinates

ξ and η (see figure 6):

xP(ξ ,η) =





XP(ξ ,η)
YP(ξ ,η)
ZP(ξ ,η)



 (15)

The tangent vectors to the reference surface at P point

can be defined:

a1 = xP,ξ (ξ ,η) (16)

a2 = xP,η(ξ ,η) (17)

The local normal direction n is computed as fol-

lows:

n =





nx

ny

nz



=
a1 ∧a2

‖ a1 ∧a2 ‖
(18)

Finally, a point M in the bulk of the shell geometry

is defined by its parametric coordinates:

xM(ξ ,η) = xP(ξ ,η)+ζn(ξ ,η) (19)

x
y

z

ξ

η ζ

M
M

P
P

a1

a2
n

parametric space physical space

Figure 6: Aplication from parametric space to physi-

cal space

3.2 Resolution of the problem

In order to solve the 3D problem on the shell geome-

try using the method described in section 2, all quan-

tities must have an adapted separated representation.

Then, once substituted in the expression of the virtual

work, the algorithm described in Figure 2 can be ap-

plied again to solve the problem.

The enrichment of the solution writes:

uN+1(ξ ,η ,ζ ) = uN +





Ru(ξ ,η) ·Su(ζ )
Rv(ξ ,η) ·Sv(ζ )
Rw(ξ ,η) ·Sw(ζ )





= uN +R◦S (20)

Then, the resolution method is exactly the same as

the one previously presented.

However the expression of the gradient of the dis-

placement field, the material coefficients and the dif-

ferential element for volume and surface, which are

trivial for a Cartesian coordinate system, are more

complex in the case of a shell geometry.

3.3 Expression of the strain

According to the expression of the position of a point

M, the gradient of the displacement can be written as

follows:
∂u

∂x
=

∂u

∂ξξξ

∂ξξξ

∂x
. (21)

Where:

∂u

∂ξξξ
=

N

∑
i=1






ui
ξη ,ξ ·ui

ζ ui
ξη ,η ·ui

ζ ui
ξη ·ui

ζ ,ζ

vi
ξη ,ξ · vi

ζ vi
ξη ,η · vi

ζ vi
ξη · vi

ζ ,ζ

wi
ξη ,ξ ·wi

ζ wi
ξη ,η ·wi

ζ wi
ξη ·wi

ζ ,ζ




 ,

(22)

and:

5
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∂ξξξ

∂x
=





XP,ξ +ζnx,ξ XP,η +ζnx,η nx

YP,ξ +ζny,ξ YP,η +ζny,η ny

ZP,ξ +ζnz,ξ ZP,η +ζnz,η nz





−1

. (23)

All components of the second order tensor ∂x
∂ξξξ

are

evaluated on the whole domain Ω, the inverse
∂ξξξ
∂x

is

then computed. Finally, a singular values decomposi-

tion is performed on each component of
∂ξξξ
∂x

in order

to get a separated representation compatible withe the

chosen decomposition.

The expression of the strain can then be developed

by substituting the quantities by their separated repre-

sentation in the expression:

εεε(u) =
1

2

(

∂u

∂ξξξ

∂ξξξ

∂x
+

∂ξξξ

∂x

T
∂u

∂ξξξ

T
)

. (24)

3.4 Material properties

The material properties must be expressed in the same

basis as all others quantities. For a laminate compos-

ite material coefficients are easy to define in a local

orthonormal basis (t1, t2, t3 ≡ n) (see figure 7), where

t1 and t2 are arbitrary chosen unit tangent vectors to

the reference surface.

ex

ey

ez

t
t
t1
2
3

Figure 7: Representation of local and global basis: lo-

cal basis: (t1, t2, t3), global basis: (ex,ey,ez)

Then, the elasticity tensor is expressed in the global

basis as follows:

K(ξ ,η ,ζ ) =

(
p

∑
i=1

K
p(ξ ,η) ·δ p(ζ )

)

(t1,t2,t3)

=

(
p

∑
i=1

(

Q
T
(ξ ,η) Kp(ξ ,η) Q(ξ ,η)

)

·δ p(ζ )

)

(25)

Where K
p(ξ ,η) is the elasticity tensor for plies

of orientation θ p, and Q(ξ ,η) transformation matrix

from (t1, t2, t3) to (ex,ey,ez). δ p(ζ ) equals to 1 in

plies of orientation θ p, and 0 otherwise.

3.5 Differential elements

In order to integrate properly all quantities in the

curvilinear space, the volume differential element is

necessary for volume integrals, and the surface differ-

ential element for surfaces integrals. Those differen-

tial elements are classically used in differential geom-

etry.

The elementary surface element dAζ writes:

dAζ =‖ a1ζ ∧a2ζ ‖ dξ dη =
√

aζ dξ dη , (26)

where:
√

aζ =
√

a(1−2Hζ +Kζ 2), (27)

where H and K are respectively the mean and the

Gaussian curvature. The volume element dΩ writes:

dΩ = (a1ζ dξ ∧a2ζ dη).ndζ = dAζ dζ . (28)

Using equation 27, we finally obtain:

dΩ =
√

a(1−2Hζ +Kζ 2)dξ dηdζ . (29)

3.6 Validation case

Let us consider the problem illustrated in Figure 8 of

an infinitely long pipe submitted to an inner unit pres-

sure. The inner radius is such a = 2mm and the exter-

nal radius is b = 3mm.

a

b

Figure 8: Representation of a section of the consid-

ered problem

6
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Nξ Nη Nζ

MESH 1 8 2 2

MESH 2 16 2 4

MESH 3 32 2 8

Table 1: Number of elements for the 3 meshes used to

solve the problem

The analytic solution of the continuum mechanics

problem writes:

ur(r) =
1+ν

E(b2 −a2)

[

(1−2ν)(a2Pir)+
a2b2Pi

r

]

.

(30)

Because of the plane strain state of the problem,

an arbitrary length of the cylinder can be considered

with appropriate boundary conditions for the numeri-

cal resolution of the problem.

The cylindrical reference surface is expressed as

follows: 





X = Rmean

2π sin( ξ
Rmean

)

Y = η

Z = Rmean

2π cos( ξ
Rmean

)

(31)

The domain in the thickness direction is such that

ζ ∈ [−0.5;0.5].

The numerical solution is computed using both

3D finite element method and PGD based 2D/1D

separated representation method. Several meshes

with successive refinements (see table 1) are used in

orfdere to check the convergence. The results are sum-

marized on figure 9.

We observe that the theorical displacement is

quickly reached with both numerical method when re-

fining the meshes. However, because the PGD based

method uses the differential geometry tools, keeping

the knowledge of the curvatures, the solution is better

than the 3D FEM solution with equivalent discretiza-

tion.

3.7 Complex example

The accuracy of the presented method was illustrated

in the previous section. Let us consider now a more

challenging case.

The considered geometry is a cylindrical part with

stiffeners and oblong holes (see Figure 10) on which

we solve the 3D elasticity. The considered loading

here is an internal unit pressure.

2 2.1 2.2 2.3 2.4 2.5 2.6 2.7 2.8 2.9 3
2.7

2.8

2.9

3

3.1

3.2

3.3

3.4

3.5

3.6

3.7
x 10

−5

MESH 1 2D/1D

MESH 2 2D/1D

MESH 3 2D/1D

MESH 1 3D

MESH 2 3D

MESH 3 3D

Exact solution

Figure 9: Radial displacement along a radius for the 3

different meshes, and for the analytical solution

Figure 10: Representation of the 3D geometry

The 3D reconstructed solution involves 70 million

of hexaedral trilinear elements, and 300 million de-

grees of freedom. The parametric mesh for the 2D

problem contains 175 000 bilinear quadrangular ele-

ments, and the parametric mesh for the thickness di-

rection is composed of 400 1D linear elements. The

solution displacement field is presented Figure 11.

4 Conclusion

The method presented here allow to perform 3D elas-

tic simulations on plates and shells geometries with

7

ICCM19 710



Figure 11: Magnitude of the solution displacement

field

moderate computational cost. Indeed, because only

2D and 1D problems are ever solved, the character-

istic cost for the resolution of the 3D problem on a

plate or shell geometry scales like a 2D computational

cost. The resolution of each 1D problems involving

the thickness direction can be neglected compared to

the 2D problem in terms of cost.

Therefore, a very fine representation of the thick-

ness direction is affordable and the method provides

very rich solution across the thickness. This is partic-

ularly suited for laminates and all multilayered mate-

rials.

The compact representation of all quantities using

products of 2D and 1D functions leads to computa-

tional and storage efficiency of the presented method.

Moreover, the accuracy of the solution field is con-

trolled, and in most cases, a very limited number of

modes is necessary to describe the 3D displacement

field.

Finally, this method open new perspectives in the

resolution of elastic problems defined on plate and

shell geometries, and very fine description of the solu-

tion can be reached with limited computational costs.
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1 Abstract 

Optimal conditions for milling carbon/epoxy 

composite material were established by 

response surface methodology. The combination 

of cutting parameters such as cutting speed (Vc) 

and chip thickness (h) was varied at design 

points of a central composite design. Significant 

regression models describing the changes of 

vibration level, delamination of composite, 

cutting force, workpiece temperature were 

developed with the coefficient of determination 

greater than 0.90. Results suggested that beyond 

a threshold of vibration, the occurrence of 

delamination is regular. Vibration criterium was 

defined from the observations of the workpiece 

according to the delamination defect. The 

optimum milling conditions were achieved by 

means of graphical techniques using design 

contour plots. The best combination of process 

variables was found according to the cutting 

conditions. 

 
2 Introduction  

The use of composite parts, especially in 

aeronautics, is increasing at an exponential rate. 

However, machining of this material is 

complicated due to different phenomena such as 

delamination.  

  

 

 

 

Different authors such as [1-4] have concluded 

that cutting conditions are a significant factor in 

determining tool life and machining cost. Lasota 

and Rusek [5] described the influence of cutting 

conditions on energy consumption during finish 

turning. The cutting process may negatively 

impact the properties of the materials as 

reported by Ghidossi et al. [6]. Studies related to 

the machining of fiber-reinforced polymer 

composites have been published by many 

authors such as [7-10]. Authors highlighted the 

fact that the heterogeneity of the cutting 

material and poor choice of cutting conditions 

could not only generate premature cutting tool 

wear [11], but also cause severe damage to the 

workpiece [12]. The most common defects 

encountered during composite machining are 

delamination, fiber pullout and resin overheat. 

In order to understand the machining defects, 

some authors have linked the cutting conditions 

to damage [13]. Koplev et al. [14] and Ramulu 

[15] have shown that the carbon fibers 

orientation is a relevant factor in explaining 

cutting edge failure and material defects. In the 

work of Rawat and Attita [16], machinability 

maps have been introduced in drilling. This 

method includes several quality measurements 

at the end of the process, such as delamination 

defects, hole circularity and surface quality. 

Piquet et al. [17] noted that if the temperature 

reaches or exceeds the glass transition 
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temperature, the composite workpiece can cause 

local damage to the epoxy matrix. When the 

resin is affected by high temperature, it can 

become rubbery and stick to the cutting edge of 

the cutting tool. Guegan et al. [18] and Arola 

and Ramulu [19], mention that surface 

roughness easily impacts results, and different 

fiber orientations could induce high 

measurement error. Therefore, it may be 

possible to use vibration analysis to characterize 

the machining quality without proceeding to 

undependable quality measurements. Jang et al. 

[20] developed an online real-time monitoring 

algorithm for controlling a machine in a flexible 

manufacturing system, using the cutting 

vibrations created by contact between tool and 

workpiece. Dimarogonas and Haddad [21]noted 

that vibrations are highly undesirable because 

they adversely affect the surface quality, limit 

the dimensional accuracy of a workpiece, lead 

to higher tool wear rates, create high levels of 

noise and could result in damage to the 

machining tool itself or to the spindle. In 

addition, experiments have been carried out by 

Mer and Diniz [22] to monitor the change of 

surface roughness of the workpiece, caused by 

increasing tool wear, through the variation of 

vibration in finish turning experiments. The 

results showed that tool vibration can be a good 

method for online monitoring of the increase in 

surface roughness. 

 

Response surface methodology (RSM) is an 

effective technique for developing, improving, 

and optimizing processes. It is often used to 

combine several independent variables and 

assess the effect of their complex interactions on 

desired responses. RSM uses statistical Design 

of Experiment (DOE) techniques, such as the 

central composite design (CCD) and least 

squares fit in the model generation phase. The 

performance of the proposed model is then 

demonstrated using checking tests provided by 

the analysis of variance. Response surface plots 

can be used to investigate the results and 

determine the optimum condition. A number of 

authors have used statistical methods (RMS, 

Taguchi and DOE) to evaluate manufacturing 

operations efficiency when machining 

composite materials [23-25]. Morandeau et al. 

[26] have made a comparative study in terms of 

cutting force, workpiece temperature and tool 

wear for different configurations of tool when 

machining carbon/epoxy composite. 

 

The aim of this study is to present a new 

technique for selecting the optimal cutting 

conditions through the correlation of vibration 

levels, workpiece temperature and cutting force 

with defects generation during machining of the 

carbon/epoxy type T800S/M21 composite 

material. This technique was presented by 

Chibane et al. [27] for PCD cutting tool 

considering only the vibration levels as a 

parameter for determining delamination. CCD 

was used to minimize the number of 

experimental data. Regression analysis was used 

to build the relationships between composite 

workpiece vibration (Arms), maximum cutting 

force (Fmax), workpiece temperature (T) and 

machining parameters such as cutting speed 

(Vc) and chip thickness (h). Variance analysis 

was used to prove/validate the model. 

 
3 Design of experiments 

Design of Experiments is a powerful tool for 

analyzing the influence of process variables on 

some specific variables. Appropriate data can be 

analyzed by statistical methods such as RSM 

and MLR. Statistical validation of experimental 

design is necessary to draw meaningful 

conclusions from data [28]. 

 

An effective alternative to the composite 

factorial design is the Central Composite 

Design, originally developed by Box and 

Wilson [29], and improved by Box and Hunter 

[30]. CCD gives as much information as a tree 

level factorial design, requiring a lower number 

of tests than the latter, and describes a majority 
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of steady-state process responses. For two 

parameters (n=2), CCD can be represented in 

space by points on a cube shape. Each cube axis 

corresponds to a factor and each point 

represents an experiment, consisting of 2
n
  

factor points, 2n axial points and tree center 

points (tree replications). The upper limit of a 

factor was coded as +1.21, and the lower limit 

as -1.21, these values were used to calculate the 

machining parameters. 

 

Response Surface Methodology explores the 

relationships between several explanatory 

variables Y and one or more response variables 

x1, x2,…, xn  as given in Eq. (1) the experimental 

error is represented by Φ . The goal is to 

optimize the response [31] 

 

1 2( , ,..., )n rY x x x e= ±Φ                                   (1) 

 

The second-order model demonstrates the 

second-order effect of each variable, separately, 

and the two-way interaction between 

combinations of these variables. This second-

order mathematical model can be represented as 

follows: 

 

0

1 1

n n n

e

i i i j

Y b r
= =

= + + + +∑ ∑ ∑
2

i i ii i ij i jb x b x b x x
p

       (2) 

 

Where b0 represents the linear effect of xi, bii 

represents the quadratic effect of xi and bij 

reveals the linear-by-linear interaction between 

xi and xj. 

In order to estimate the regression coefficients, 

a several experimental design plan are available. 

 
4 Experimental details 

Down milling tests were performed on a 

horizontal high speed milling machine PCI 

METEOR 10 HSK63A (spindle speed 

Nmax=24000 rpm, Power P=40 kW). The multi-

axial composite carbon/epoxy T800S/M21 was 

machined with a single Diamond Like Carbon 

(DLC) insert provided by the cutting tool 

manufacturer [32] as shown in Fig.1.  

 

Fig.1. Cutting tool with the insert [32] 

The orientation of the composite plies is 

described by [(45/90/135/0)16]s with ply 

thickness equal to 0.26 mm as illustrated in 

Fig.2. Dry machining conditions were used 

during the experimental tests. 

 

Fig.2. Structure of the composite material 

T800S/M21 

A wide range of cutting conditions was tested 

with a depth of cut equals to four plies in order 

to minimize the influence of plies orientation. 

To minimize the number of experiments, a 

central composite design (CCD) with 9 

combinations was studied, using parameters 

DLC insert 

Feed direction 

Composite 

carbon/epoxy 

workpiece 

Rotational direction 
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such as cutting speed (Vc) and chip thickness 

(h) as shown in Fig.3.  

Vibration analysis of the workpiece for each 

cutting condition was used. Note that the central 

test was repeated 3 times, and the average value 

is shown in the following figure: 

 

Fig.3. Central composite design of experiment  

The levels of machining parameters were 

chosen in accordance with the recommendations 

provided by the cutting tool manufacturer [32] 

and [9] as shown in Table 1. 

 

Fig.4. Experimental set-up of the workpiece and 

position of accelerometer 

 

The radial engagement (ae) of the cutting tool 

into the material was 36.4 mm. Vibration levels 

(Arms), delamination length (Ld), workpiece 

temperature (T) and cutting force (Fmax) were 

measured for each test in one pass.  

 
Variables level 

 

Cutting speed  

(m/min) 

Chip thickness 

(mm) 

Min  (-1.21) 96 0.06 

Min  (-1) 200 0.1 

Mean  (0) 450 0.2 

Max  (+1) 700 0.3 

Max  (+1.21) 803 0 .34 

Table 1. Machining parameters levels 

 

Vibrations were measured using a tri-axial 

accelerometer (Brüel & Kjær 4520) mounted on 

the workpiece (Fig. 4). The sensitivity of the 

accelerometer in the x, y and z directions were 

1.032, 1.067 and 1.047 mV/g, respectively. A 

multianalyzer (Brüel & Kjær 3560) was 

connected to a computer for recording temporal 

data using Pulse Labshop software. The 

duration of the signal was same as the duration 

of machining with sampled frequency equal to 

65536 Hz. Signal processing was performed 

using MATLAB Environment. RMS (Root 

Mean Square) acceleration was calculated 

(using the time signal of the vibration) for each 

test. To take into account the composite fiber 

orientation, the average RMS vibration 

measured in the 3 directions x, y and z was 

determined according to the following equation: 

 

2 2 2

rms rms rms rmsA Ax Ay Az= + +                      (3) 

 

 

Delamination is one of the most critical defects 

during machining of composites, since it causes 

elevated vibration levels which may decrease 

the life of a composite structure significantly. 

To use composites to their full capacity, it is 

necessary to analyze the initiation and 

development of delamination. Regarding ply 

Machining area 

Position of 

accelerometer 

Workpiece 

Clamping 

Measurement  of 

cutting force 
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delamination, a superficial observation was 

done in the initial point of contact for 

machining, using an optical microscope.

shows the profile of two machining tests, with 

and without delamination. 

 

Fig.5. Profile of workpiece during 

machining tests, (a) test 1 with delamination

test 9 without delamination 

 

Other defects such as epoxy resin burnt, was 

observed. Epoxy resin burnt occ

workpiece temperature exceeds 150°C

difficulties in monitoring temperature in the 

chip formation region, it was decided to observe 

milling surface at the precise instant when the 

mill ended the machining step. Fig.

experimental set-up of measuring 

temperature of the composite part by an infrared 

camera during machining. 

(a) 

(b) 

Ld=4.6 mm 

MILLING CARBON/EPOXY COMPOSITE MATERIAL U

SURFACE METHODOLOGY AND VIBRATION ANALYS

delamination, a superficial observation was 

done in the initial point of contact for 

optical microscope. Fig.5 

profile of two machining tests, with 

 

 
piece during two 

with delamination, (b) 

delamination  

oxy resin burnt, was 

observed. Epoxy resin burnt occurs if the 

exceeds 150°C. Due to 

difficulties in monitoring temperature in the 

chip formation region, it was decided to observe 

at the precise instant when the 

. Fig.6 shows the 

easuring workpiece 

of the composite part by an infrared 

Fig.6. Measuring workpiece temperature

infrared camera during machining
 

Cutting force investigation leads to understand 

the cutting mechanism. 

 

As the case of vibration 

measured for each test in the 3 directions 

and z, and the mean value 

according to the following equation:

 

2 2 2

max max max maxF F x F y F z= + +

 

These frame transformations are applied to the 

mill in order to observe the force

direction on the cutting edge.
 

To integrate the productivity in the choice of 

cutting parameters, the material removal rate 

(MRR) was calculated fo

relation: 

 

e
ap f Vc a z

MRR
dπ

× × × ×
=

×
 

Where Z is the number of teeth (

the cutting tool diameter (

objective considered was to increase the 

material removal rate to increase productivity.

The experiment variables are summarized in 

table 1. 
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piece temperature by an 

infrared camera during machining 

nvestigation leads to understand 

 leval, cutting force was 

in the 3 directions x, y 

, and the mean value was determined 

according to the following equation: 

2 2 2

max max max maxF F x F y F z= + +
   

(4) 

These frame transformations are applied to the 

l in order to observe the force intensity and 

direction on the cutting edge. 

To integrate the productivity in the choice of 

cutting parameters, the material removal rate 

was calculated for eatch test by the 

e
ap f Vc a z× × × ×

   
(5) 

is the number of teeth (Z = 1) and d is 

the cutting tool diameter (d = 72.8 mm). The 

objective considered was to increase the 

to increase productivity. 

iment variables are summarized in 

Cutting tool 

Measuring area of 

temperature 
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N° Vc h Arms Ld T Fmax MRR 

m/min mm m/s² mm °C N cm
3
/min 

1 96.5 0.2 54.06 0 98 70 134.56 

2 200 0.1 50.95 0 74 54 136.98 

3 200 0.3 81.77 0 67 89 237.27 

4 450 0.06 68.87 0 151 54 159.16 

5 450 0.2 114.41 1.9 153 99 290.59 

6 450 0.34 103.39 1 95 104 378.89 

7 700 0.1 154.10 3 315 100 256.28 

8 700 0.3 176.12 3.66 206 113 443.89 

9 803.5 0.2 205.71 4.6 285 142 388.30 

Table 2. Summary table of measures 

  
5 Results and discussion 

5.1 Model fitting 

The combined effects of cutting speed and chip 

thickness on vibration levels, delamination 

length, workpiece temperature and cutting force 

are presented in Table 2. 

Table 3 shows the coefficients of variables in 

the models calculated by the least square 

technique. The table also summarizes the 

statistical parameters, namely the determination 

coefficient (R²), adjusted determination 

coefficient (R²adj) and F-test probability, both 

of which are used for measuring the correlation 

and significance of the models.  

Regression Arms (m/s²) Ld (mm) T (°C) Fmax (N) 

Constant -29.26 -2.67 -17.43 -24.95 

Vc 0.08 0 0.22 0.09 

h 658.51 25.2 734.13 691.5 

Vc×Vc 0 0 0 0 

h×h -1228 -63.94 -1301 -1108 

Vc×h -0.09 0 -1.02 -0.22 

R² 0.989 0.99 0.97 0.96 

R² adj 0.972 0.97 0.92 0.91 

F-test prob 0.002 0.003 0.017 0.02 

     
Table 3. Models parameters 

Results of the R² values showed a good 

agreement between experimental data and 

predicted data for all regressions (0.98, 0.99, 

0.97 and 0.96 for vibration levels, delamination 

length, workpiece temperature and cutting force, 

respectively). The results of the F-test showed a 

statistically significant relationship between the 

variables within a 95% confidence interval. 

5.2 Model of vibration level and delamination 

length  

Results show that beyond a threshold of 

vibration, the occurrence of delamination is 

regular and increases with increase in the levels 

of vibration (Fig.7).  

 
Fig.7. Threshold of vibration level and limit of 

delamination  

 

The result shows that in tests 5, 6, 7, 8 and 9,  

delamination was observed with a vibration 

level value greater than 100 m/s² (Fig. 7). The 

vibration threshold was defined as follows: 

among the tests with no defect, the one with 

maximum vibration was selected (test 3). This 

test was defined as the minimum value of the 

uncertainty region. The uncertainty region was 

calculated from the tree duplicate tests and 

evaluated at ± 5 m/s². 

Regions with and without defects were defined 

from the vibration model, taking into account 

the level of vibration. 

Delamination length Ld (mm) 

Vibration threshold 
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These regions help the operator to choose 

cutting parameter values (cutting speed, depth 

of cut and feed rate) in order to avoid 

delamination. 

Vibration criterium was defined from the 

observations of the workpiece according to the 

delamination defect. 

The response surface methodology was used to 

determine the analytical model which expresses 

the vibration level and the delamination length 

according to the cutting parameters (cutting 

speed and chip thickness). 

 Fig. 8(a) and 8(b) shows the vibration level 

contour and delamination length, respectely. It 

is clear that vibration increases with increasing 

feed rate and depth of cut. 

 
Fig.8.  graph contour of vibration level (a) and 

delamination length (b) as a fonction of cutting 

speed and chip thickness 

 

Fig 9 gives a 3D surface graph for vibration 

level and the delamination length respectively 

according to the cutting parameters (cutting 

speed and chip thickness). 

 

 
Fig.9. Response surface graph of vibration level 

(a) and delamination length (b) as a fonction of 

cutting speed and chip thickness 

 

A clear similarity between the vibration level 

and the length of delamination is observed. This 

similarity is confirmed by the iso-values and 

response surfaces of the two models shown in 

figures 8 et 9. This confirms the correlation 

between the level of vibration and the presence 

of delamination. 

 
5.3 Model of workpiece temperature  

Regression factors linked to this model were 

used to build the relationship between the 

workpiece temperature and the two study 

parameters as shown in table 2. The coefficient 

of determination R² equals 0.92. That is, 92 % 

(a) 

(b) 

(a) 

(b) 
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of the variation in temperature fits with the 

model while 8% cannot be explained. The 

model is more significant if this coefficient 

approaches 1. This coefficient indicates that the 

workpiece temperature measurements satisfy 

the model used. 

In order to determine the significance of the 

model, variance analysis (ANOVA) was used as 

shown in Table 3. The Fisher test shows that the 

F-probability is lower than 0.017 (Prob > F), 

indicating that the independent variable gives 

enough information for the model.  

 

The profile for workpiece temperature with 

respect to the cutting speed and chip thickness is 

shown in Fig. 10. It is clear that the workpiece 

temperature increases with increase in 

corresponding cutting speed and chip thickness. 

 

 

Fig.10. Response surface graph for température 

as a fonction of cutting speed and chip thickness 
 

5.4 Model of cutting force  

The regression factors linked to this model were 

used to build the relationship between the 

cutting force and the two study parameters as 

shown in table 2. The coefficient of 

determination R² equals 0.97. That is, 97 % of 

the variation in cutting force fits with the model 

while 3% cannot be explained. This coefficient 

indicates that the cutting force measurements 

satisfy the model used. 

The Fisher test shows that the F-probability is 

lower than 0.02 (Prob > F), indicating that the 

independent variable gives enough information 

for the model.  

The evolution of cutting force is shown with 

respect to cutting speed  and chip thickness in 

Fig.11. 

 

Fig.11. Response surface graph for cutting force 

as a fonction of cutting speed and chip thickness 

 
6 Optimisation of cutting conditions 

A graphical multi-response optimisation 

technique was adopted to determine the 

workable optimum conditions for milling 

composite material. The contour plots for all 

responses were superimposed and regions that 

best satisfied all the constraints were selected as 

optimum conditions. The main criterion for 

constraints optimisation was maximum possible 

for production (material removal rate) and 

lowest vibration level, workpiece temperature, 

delamination and cutting force. These 

constraints resulted in a “optimal zone” of the 

optimum solutions (shaded area in the 

superimposed contour plots). Superimposed 

contour plots, having common superimposed 

area for all responses for cutting process.  

 

Therefore, the criteria applied for the graphical 

optimisation were T < 150° (temperature of 

epoxy resin burnt), Fmax < 97 N (over this effort 
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the delamination was observed) and Arms< 100 

m/s² (vibration threshold). 

 

Three configurations of material removal rate 

were stady to approuve the optimisation: 

 

The first configuration is used to select the 

cutting conditions with a material removal rate 

higher than 200 cm
3
/min (Fig. 12). The white 

region represents the range of operating 

parameters that does not lead to defects and a 

productivity of MRR > 200 cm
3
/min. 

The corresponding optimum operating 

conditions for cutting speed and chip thickness 

were [100, 400] and [0.1, 0.35], respectively.  

 

The second configuration is used to select the 

cutting conditions with a material removal rate 

higher than 250 cm
3
/min (Fig. 12). The white 

region represents the range of operating 

parameters that does not lead to defects and a 

productivity of MRR > 250 cm
3
/min. 

The corresponding optimum operating 

conditions for cutting speed and chip thickness 

were [200, 400] and [0.15, 0.35], respectively.  

 

The last configuration is used to select the 

cutting conditions with a material removal rate 

higher than 250 cm
3
/min (Fig. 12). The white 

region represents the range of operating 

parameters that does not lead to defects and a 

productivity of MRR > 300 cm
3
/min. 

The corresponding optimum operating 

conditions for cutting speed and chip thickness 

were [300, 400] and [0.3, 0.35], respectively.  

The white area (1, 2 and 3) represents the region 

produced by the criteria outlined above 

respectively.  

 
 

Fig.12. Optimum region identified by the 

overlaid plots of the responses: T, Fmax and Arms 

with: (a) MRR=200, (b) MRR=250 and (c) 

MRR=300 
 

 

 

 

 

 

 

 

T<150 °C 

Fmax<97 N 

Arms<100 m/s² 

MRR>200  

cm
3
/min 

T<150 °C 

Fmax<97 N 

Arms<100 m/s² 

MRR>250  

cm
3
/min 

T<150 °C 

Fmax<97 N 

Arms<100 m/s² 

MRR<300  

cm
3
/min 

(a) 

(b) 

(c) 
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7 Conclusions 

This study is a combination of several methods 

for detecting machining defects which can be 

generated on a workpiece made of carbon/epoxy 

composite. The defects taken into account in 

this study are: delamination of the composite 

layers and overheating of the composite matrix. 

Vibration and cutting force analysis of the 

workpiece was used for each cutting condition. 

A threshold of vibration was defined from the 

observations of the delamination of the 

workpiece. 

The response surface methodology was used to 

determine the analytical model which relates the 

level of vibration, cutting force and workpiece 

temperature to two cutting parameters: cutting 

speed cutting speed and chip thickness. 

ANOVA results confirmed that the 

mathematical models used in this study could 

adequately describe the performance indicators 

within the limits of the factors that are being 

investigated with a 95% confidence interval. 

The results of the analysis show. This new 

technique of should help the operator to select 

the optimum cutting conditions such as cutting 

speed and feed rate (chip thickness) in order to 

avoid damage to the carbon/epoxy composite 

material T800S/M21 and increase machining 

productivity. To apply this method for different 

configurations, their corresponding response 

surface equations and vibration threshold 

(which depends on the material, machine type, 

tool, clamping and position of accelerometer), 

should be defined from the experiment. 
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1 Introduction  

In the companion paper presented at this conference 

[1], a mechanical model has been presented to study 

laminated cylindrical shells with cohesive interfaces 

loaded dynamically. The model has been formulated 

within the framework of the discrete-layer approach  

and describes the shells as an assembly of sub-shells 

joined by cohesive interfaces. The cohesive 

interfaces describe different physical mechanisms: 

unfailed elastic interfaces, perfect adhesion of the 

layers, brittle and cohesive fracture and elastic 

contact along fracture surfaces. The model uses a 

homogenization technique to try and overcome the 

main drawbacks of classical discrete layer models, 

namely (i) the fact that they are computationally 

very expensive, since the number of unknown 

functions of the problem depends on the number n of 

layers used to discretize the structure, and (ii) the 

fictitious compliance added to the system by the a-

priori insertion of cohesive interfaces. In the model 

proposed in [1] continuity conditions are applied a-

priori for shear and normal tractions at the interfaces 

along with the constitutive laws of the cohesive 

interfaces. The number of unknowns of the problem 

in a cylindrical shell is reduced to 6 (from 5  n!) 

and becomes independent of the number of sub-

shells. The model extends to shells with generally 

nonlinear cohesive interfaces the formulations 

originally proposed for intact shells in [2] and for 

shells with linearly elastic interfaces in [3].  

In this paper, the model proposed in [1] is 

particularized to describe a shallow shell or a flat 

plate where all layers have the same elastic 

constants, e.g. unidirectionally reinforced, which 

deforms in cylindrical bending. Equilibrium 

equations and boundary conditions are derived for 

the quasi-static case. The model is then verified 

through a comparison with an exact 2D elasticity 

solution and with an improved third order model 

based on the theory proposed in [4].  

 

2 First order homogenized model: assumptions 

and main equations  

The model presented in the companion paper refers 

to a laminated cylindrical shell with arbitrary layup 

and loading and boundary conditions. Here the 

model is particularized to a shallow shell or a flat 

plate of thickness h , with equal layers, which is 

assumed to deform in cylindrical bending. A system 

of Cartesian coordinates z    (or 1 2 3x x x  ) 

is introduced, with the axis  z  normal to the 

reference surface and measured from it. The plate is 

subjected to a distributed load p  acting on the upper 

and lower surfaces. The displacement vector of an 

arbitrary point of the plate at the coordinates 

( , , z  ) is  , ,
T

v v w u where 0v  , v  and 

w  are the components onto the reference surface. 

The plate is modelled as an assemblage of n  sub-

layers joined by 1n   cohesive interfaces, which 

define all actual and potential delamination surfaces 

in the structure (Fig. 1). The sub-layer k, where the 

index 1,..,k n  is numbered from bottom to top, is 

defined by the coordinates kz and 1kz   and has 

thickness ( )k h  (the k superscript in brackets 

identifies affiliation with the sub-layer k). The sub-

layers are linearly elastic, homogeneous and 

anisotropic with monoclinic symmetry with respect 

to their mid-surface; their principal material axes  

coincide with the geometrical axes of the structure 

   so as to satisfy the cylindrical bending 

conditions.  
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Fig. 1. Element of sub-shell k with tangential and 

normal cohesive tractions and exemplary piecewise 

linear cohesive law for normal tractions relating the 

cohesive traction TN to the opening interfacial 

displacement ŵ . 

Normal, k

NT , and tangential kT , cohesive tractions 

act along the surfaces of the sub-layer k and k+1 at 

the interface k (Fig. 1). They may represent 

interfacial stresses in the intact portion of the plate, 

or contact, friction and cohesive/bridging tractions 

acting along the surfaces of open interfaces 

(delaminations). The interface tractions are related to 

the interfacial relative displacements (jumps), ˆ kw  

and ˆkv , by cohesive traction laws that are defined 

with different possible features representing the 

different physical mechanisms.  

The interface laws are approximated in the model by 

piecewise linear functions of the relative 

displacements, with: 

 

ˆ    i k i k k i k

N N NT K w t                               

ˆi k i k k i kT K v t                                             (1) 

 

the equations of an arbitrary branch i of the 

functions, where i k

NK  and i kK   are the interface 

stiffnesses in the transverse and longitudinal 

direction and i k

Nt  and i kt are cohesive tractions. 

Describing the cohesive tractions as piecewise linear 

functions of the relative displacements allows to 

extend to plates with generally nonlinear cohesive 

interfaces the homogenization technique proposed 

by Librescu and Schmidt [5] for plates with purely 

elastic interfaces.  

A purely elastic interface is described by a single 

branch with, =  0k k

Nt t  and the coefficients 

k

NK   and kK  define perfectly bonded 

interfaces. To describe perfectly brittle or cohesive 

fracture, the coefficients i k

NK  and i kK  in the initial 

branch of the laws, where =  0i k i k

Nt t  , are  chosen 

to be very high to minimize errors due to the 

introduction of fictitious compliant surfaces in the 

body.  

The displacement field is assumed as a two length-

scales field, given by the superposition of a global 

field (first two terms on the right hand side of the 

equations below) and local perturbation terms (last 

two terms on the right hand side): 
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  (2) 

 

The terms on the right hand side of Eqs. (2) denote 

different contributions in the displacement 

representation: 0v  and 0w  are the displacement 

components of a point on the reference surface of 

the plate and   the rotation of the normal to the 

reference surface (standard first order shear 

deformation plate theory contributions, 1

zC ); z  is 
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the deformation in the transverse normal direction, 

needed to capture, in the simplest way possible, the 

effect of transverse normal compressibility (this 

term is necessary in order to study delamination 

opening and elastic contact along the delamination 

surfaces); the third terms, with summations on the 

total number n-1 of interfaces and ( )k kH H z z   

 0, ;1,k kz z z z      , supply the zig-zag 

contributions, which are continuous in z but with 

jumps in the first derivatives at the interfaces ( 0

zC ) 

and are necessary to satisfy continuity on normal 

and shear tractions at the interfaces in plate with 

nonhomogeneous layup; the fourth terms, with 

summations on the number of cohesive interfaces n-

1, supply the contribution of the relative 

displacements (jumps) at the cohesive interfaces.  

The strain components at the arbitrary coordinate z 

of the plate within sub-layer k are derived from the 

displacement field, Eq. (2): 
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The unknown ( )k

   and ( )k

z  in the 

displacement equations (2) are determined as 

functions of the generalized displacements of the 

reference surface and the displacement jumps by 

satisfying continuity conditions for shear and normal 

tractions across the laminate interfaces: 

 
( ) ( 1)

( ) ( 1)

( ) ( ),

( ) ( ).

k k k k

z z

k k k k

zz zz

z z

z z

  

 








                               (4) (7) 

 

Where the stresses in the sub-shells are defined as 

functions of the strains in Eq. (3) through the linear-

elastic constitutive equations, σ Cε  . 

In the derivation of the function k

z  it is assumed 

that the effect of   on 
zz  is negligible with 

respect to that of 
zz , as suggested in [3]. This 

assumption allows the derivation of k

z  directly 

from Eq. (4b) and k

 , from Eq. (4a).  The zig-zag 

functions are: 

 

( ) 0

ˆ
( )

k

z

k
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                                          (5) (8) 

Once the functions ( )k

   and ( )k

z   have been 

defined, the relative displacements at each cohesive 

interface, ˆ kw  and ˆkv  for k =1...n-1, are defined as 

functions of the transverse shear and normal strains 

at the interfaces, Eqs. (3) through the cohesive 

traction laws, Eqs. (1), and the constitutive equations 

of the sub-layers surrounding the interface. In order 

to perform this derivation, an initial status (piece i of 

the piecewise linear cohesive functions) is assumed 

for each interface of the plate; the status will then be 

updated through iteration at each loading step. The 

resulting displacement jumps are: 
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(the index i which indicates the assumed branch of 

the cohesive traction laws has been removed in the 

equations above for sake of simplicity). 

Equations (5) and (6) can be inserted into equation 

(2) to obtain the homogenized displacement field in 

terms of 0 0, ,  and zv w    only: 
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Equations (7) highlight that the displacement field is 

fully defined by the 4 displacement variables which 

define the global part of the displacement, and are 

underlined in the text, and by parameters which 

depend on the elastic constants of the material, the 

layup and the geometry (no line) and parameters 

depending on the properties of the interfaces through 

the assumed cohesive traction laws (curved line on 

top).   

The equilibrium equations and boundary conditions 

are then derived in a weak form using the principle 

of virtual displacements: 

 
1

1

ˆ ˆ( )

0

k

n
k k k k

ij ij N
V S

k

S B

i i i i
S B

dV t w t v dS

F v dS F v dB

    

 





 

  

 

    

        (8) 

 

where S  are the lower and upper surfaces of the 

plate and B  the lateral bounding surface of the 

body. The virtual displacements 0v , 0w ,   

and z  are assumed to be independent and  

arbitrary and to satisfy compatibility conditions. The 

components of the external surface tractions acting 

along the bounding surfaces of the plate are S

iF   

(top), S

iF   (bottom) and B

iF (lateral). The second 

term in Eq. (8) defines the contribution to the elastic 

strain energy of the system due to the cohesive 

tractions  kt  and  k

Nt  which is not accounted in the 

first term.  

By substituting the homogenized displacement field, 

Eqs. (7), into the compatibility and constitutive 

equations, the strain and stress components in Eq. 

(8) are defined in terms of the global displacement 

variables. Then, applying Green’s theorem wherever 

possible, Eq. (8) leads to the approximate 

equilibrium and boundary conditions. 

The equilibrium equations are presented here in 

terms of gross stress resultants and moments for the 

simplified case of slip only interfaces (namely, z = 

0, k

NK   or ˆ 0kw  , for k =1,..n). They are: 
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where the stiffness coefficients have been modified 

to account for negligible normal stresses in the z 

direction and plane strain conditions parallel to the 

axis . 
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are parameters which describe the layup and the 

properties of the cohesive interfaces. The gross 

stress resultants and moments are: 
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(10) 

 

The static boundary conditions on Cf , at 0,L  , 

where stresses are prescribed are: 
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where the resultant forces and moments are defined 

as: 
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The geometric boundary conditions on Cu, where 

displacements are prescribed, are 0 0v v  , 

0 0w w ,     and 
0 0/ /w w      , where 

the tilde sign identifies prescribed values.  

For a plate with perfectly bonded interfaces, namely 

when kK   at all interfaces, all terms with the 

upper curved line cancel and the equilibrium 

equations reduce to those of a homogeneous plate. 

The equilibrium equations (9) and the static 

boundary conditions (11) can be written in terms of 

displacements introducing the homogenized 

displacement field of Eqs. (7) in the gross stress 

resultants and moments of Eqs. (10). The 

equilibrium equations become: 
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and the static boundary conditions are: 
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3 Third order homogenized model: assumptions 

and main equations  

In this section the third order model formulated in 

[4] is particularized to the case of a unidirectionally 

reinforced flat plate deforming in cylindrical 

bending with slip only cohesive interfaces. 

Following  [4], the displacement field is defined as: 
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The transverse shear strain at the arbitrary 

coordinate z of the plate within sub-layer k is: 
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 .            (16) 

 

Assuming a linearly-elastic constitutive behavior  in 

the layers, the number of unknown functions is 

reduced by imposing the conditions of zero shear 

stresses at the upper and bottom surfaces of the 

plate: 
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where, for the sake of convenience, the bottom 

surface has been assumed as reference surface. 
Continuity conditions for the shear stresses at the 

layer interfaces lead to ( ) 0k

   . 

The relative displacements,  jumps, at the cohesive 

interfaces, ˆkv  for k =1...n-1, are obtained from the 

cohesive traction law, Eq. (1b), the constitutive 

equations of the sub-layers surrounding the interface 

and the transverse shear strains at the interfaces: 
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The resulting homogenized displacement field is 

then obtained in terms of  0 0,  and v w  :  
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 (19) 

 

Equilibrium equations are obtained using the 

principle of virtual displacements, following the 

procedure presented in Section 2. 

 

4 Exact 2D elasticity solution  

The exact elasticity solution obtained by Pagano [6] 

for intact multilayered plates and extended in [7] to 

plates with linearly elastic interfaces, is extended 

here to plates with linear non proportional interface 

laws. 

The solution is presented for a unidirectionally 

reinforced plate simply supported at the edges at 

0  and L   and subjected to a quasi-static 

distributed transverse load  0 sinq q L . The 

plate is in cylindrical bending and has two layers  

and a single mid-surface cohesive interface. Local 

coordinates  k - zk are introduced with the origin at 

the kth layer mid-plane and the axis k parallel to . 

The solution is based on a stress function approach, 

where the stress function for the kth layer is assumed 

as:  
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                            (20) 

 

with k=1,2. The function satisfies equilibrium in the 

layer. Through the constitutive equations for 

cylindrical bending  in an orthotropic material with 

principal axes k - zk, compatibility yields: 
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where the tilde indicates reduced compliance 

coefficients to account for plane strain conditions 

orthogonal to the plane k - zk. 

Solution of the differential equation yields the 

following displacement field: 
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where 
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The eight arbitrary constants, Cj and Dj for j=1…4, 

are determined by imposing boundary and continuity 

conditions: 
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and the interface laws: 
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5 Model verification and applications  

A unidirectionally reinforced plate with two layers, 

n = 2, and a single, mid-surface, slip only, cohesive 

interface is considered (Fig. 2). The plate is assumed 

to be in cylindrical bending conditions, simply 

supported at the edges at 0  and L   and 

subjected to a quasi-static distributed transverse load 

 0 sinq q L  .  

 

 

 

 

 

 

 

 

 

Fig. 2. Flat plate under cylindrical bending 

conditions with mid-plane cohesive interface. 

 

The solution of the problem is presented for  a plate 

with L/h = 10, a linearly elastic interface law 

( 0kt  ) and elastic constants 

3 1 20.07E E E  ,
23 2 / 21G E ,

12 0.02  ,

32 0.02  , 
13 0.54  . 

The solutions of the first and third order 

homogenized models are compared with the exact 

2D elasticity solution.  In Figure 3 the dimensionless 

deflection 
0 22 0/( )w C q h is shown as a function of the 

dimensionless interfacial compliance, 
22C K h , 

where  22 2 12 211C E    . 

The diagram shows that for K   when L/h is 

sufficiently large as in the example shown, all curves 

tend to the solution of a shear deformable intact 

plate, which is well described by the First Order 

Shear Deformation theory. For small values of K  

the models predict different trends. In the limiting 

case of a plate with a fully imperfect interface 

( 0K  ) the elasticity 2D solution (thick solid 

curve) tends to the solution of two single shear 

deformable plates of thickness h/2 free to slide over 

each other. On the other hand, the first and third 

order solutions (thin and dashed curves) tend to the 

solution of two single Kirchhoff–Love plates of 

thickness h/2 free to slide over each other. This is a 

consequence of the continuity conditions imposed 

on the transverse stresses at the interface:  assuming  

0K   at the interface leads to vanishing shear 

stresses in the layers. When the solution tends to this 

limit, on decreasing the interface stiffness, the 

homogenized models then accurately describe the 

response of plates where shear deformations are 

negligible (e.g. where L/h end/or the shear stiffness 

are large enough). Work is in progress to verify if 

the model can be used to describe plates where these 

assumptions are not satisfied by introducing 

appropriate shear factors. 

For intermediate values of  K  the first and third 

order solutions present an unrealistic trend, which 

differs from the exact elasticity solution and shows 

an initial drop where the displacements become 

larger than the limiting value. This behavior seems 

to be a consequence of the condition in Eq. (11b) 

(and of a similar condition for the third order 

model), which lets the shear force in the plate to 

differ from the resultant of the vertical forces 

reduced at the cross section when  K   . The 

same condition is satisfied by a zero shear force 

h 

L 

q () 



z 
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when 0K   (see previous paragraph). Work is in 

progress to verify if the problem can be controlled 

by a properly defined shear factor.  

The diagram in Figure 4 shows the dimensionless 

interfacial shear traction at 0   as a function of 

the dimensionless interfacial stiffness. In the limiting 

case of an intact plate ( K  ) both the first (thin 

solid curve) and the third (dashed curve) order 

models approach the 2D elasticity solution (thick 

solid curve). 

All curves start from a zero interfacial shear traction  

in the limiting case of a fully imperfect interface, 

0K  .  For larger values of K  the 2D elasticity 

solution monotonically decreases towards the 

horizontal asymptote given by the solution of the 

intact plate. The first and third order models also 

approach the limiting solution; however, they exhibit 

an initial drop which goes well below the asymptotic 

limit. The curve corresponding to the first order 

model has been obtained by multiplying by 3/2 the 

constant shear stresses of the solution of the 

problem, in order to approximately account for the 

actual distribution of the stresses. The dotted curve 

depicts the interfacial tractions obtained without the 

correction. 

Figure 5 shows the dimensionless interfacial shear 

tractions at 0   as calculated a posteriori from 

equilibrium conditions in the first (thin solid curve) 

and third (dashed curve) order models. The diagram 

shows that the calculation based on equilibrium 

consideration removes the problems highlighted in 

the previous diagram. 

Figure 6 shows the transverse shear stresses in the 

thickness of the plate, calculated a posteriori from 

equilibrium, for three different values of the 

dimensionless interfacial stiffness 22K K h C  . 

The predictions of the first and third order model 

accurately describes the exact solution but for the 

intermediate values of the interfacial stiffness.   

 

6 Conclusions  

The model proposed in the companion paper [1] is 

particularized to describe a unidirectionally 

reinforced shallow shell or flat plate, deforming in 

cylindrical bending conditions. The model is 

compared with a third order model and an exact 2D 

elasticity solution (extensions, respectively, of the 

models proposed in [4] and [6], to account for linear 

non proportional interface cohesive laws). Some 

limitations of the model are highlighted by the 

comparison. Work is in progress to verify 

improvements in the solutions through the use of 

shear factors. 
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Fig. 3. Mid-span deflection of the mid-plane of the 

unidirectionally reinforced plate with a single elastic 

interface as a function of the interfacial compliance 

coefficient. Comparison of the solutions of the first 

and third order models and the exact 2D elasticity 

solution. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 4. Interfacial shear tractions at  = 0 in the 

unidirectionally reinforced plate with a single mid-

plane elastic interface as a function of the interfacial 

stiffness. Comparison of the solutions of the first and 

third order models and the exact 2D elasticity 

solution. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 5. Interfacial shear tractions at  = 0 in the 

unidirectionally reinforced plate with a single mid-

plane elastic interface as a function of the interfacial 

stiffness. Solutions of the first and third order 

models have been derived a posteriori through 

equilibrium. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 6. Transverse shear stresses at the cross section  

at  = 0 in the unidirectionally reinforced plate with 

a single mid-plane elastic interface for -h/2 ≤ z ≤ 0 

and for different values of the interfacial stiffness. 

Comparison of the solutions obtained a posteriori 

from equilibrium in the homogenized first and third 

order models and the exact 2D elasticity solution. 
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1 Introduction 

In automotive and aeronautic applications, substrates 

are coated for protective, functional and/or 

decorative purposes. Such applications are strongly 

impacted by recent regulatory constraints (REACH) 

which aim to eliminate hazardous products, and to 

limit volatile organic compounds (VOCs)
1,2,3

. Thus, 

the manufacturers look for an environmentally way 

of painting while keeping a high performance level 

of product. Powder coating is a painting product 

completely solvent-free. The ability to apply this 

modern environmentally coating on metal and heat 

resistance composite was a real advantage for 

industrial applications.
4
 

 

Over the past years, the use of powder coatings has 

been increased due to their environmental attributes, 

economical benefits and performance advantages. 

Consequently, their consumption on the market has 

been significantly growing. At the same time, 

manufacturers are developing wide range of powder 

coatings that offer high functional performance and 

overall aesthetic of the applied films
3
. In wooden 

and plastic sectors, some problems related to 

handling process and adhesion results are found. For 

that, it is normal that the market is going toward the 

development of products where powder paint cannot 

currently replace liquid-based paints. Unfortunately, 

several technological troubles still affect the 

application process of powder paint, above all, on 

heat sensitive and electrical insulating substrates.
3,5 

 

Powder coatings cannot be air-dried and commonly 

require quite higher curing temperature (up to 

120°C) to establish full film properties. These higher 

cure temperatures limit the types of substrates on 

which this technology can be applied. Practically, 

the deposition of powder coatings is realized by 

flowing it to the substrate through a gun, which 

applies an electrostatic charge for the individual 

polymer particles. The coated substrate is then 

heated in a curing oven in order to coalesce the 

polymer particles and form a continuous film on 

surface. Here, the nature of the substrate plays a 

major role in adhesion process of powder coatings. 

When using a metal substrate, this procedure shows 

effective results due to the conductive properties of 

the metallic substrate and its good resistance against 

deformation at high temperature
6,7,8

. Powder paints 

can only be applied on electrically conductive or, at 

least, semi-conductive or antistatic substrate. This 

limitation makes the coating process still more 

troubled on electrical insulating substrates. In this 

case, surface activation processes like flame 

spraying, corona and plasma treatments, or the use 

of electrical solvent-based conductive primer are 

strictly required before application of powder 

coating.
3
 

 

In addition, when the substrate is a polymer based 

material, some problems related to the adhesion 

strength and curing temperature can limit the 

application of powder coatings. Hence, it is 

necessary to diminish the curing temperature and 

find an alternative method to coat this type of 

substrate. Such advances could also translate into 

energy savings or higher productivities during the 

industrial painting operations
9
. The technical 

problems associated with development of low 

temperature curable powder coatings are several-

fold. To be useful, any thermosetting coating must 

be unreactive at room temperature while possessing 

sufficient reactivity at the desired cure 

time/temperature conditions. e.g. the system must be 

stable at room temperature towards both chemical 

reaction and physical sintering or agglomeration. In 

addition, a low temperature curable system must 

INFLUENCE OF POWDER COATING PRE-CURING TIME ON 
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2 

 

possess a crosslinker which reacts at low 

temperature. The polymeric components must melt 

and flow prior to crosslinking. These requirements 

make the problem more challenging and the 

development of entire coating systems, not just new 

crosslinkers, is required
9
. Briefly, the technological 

challenge is to provide a powder coating suitable for 

applying on heat sensitive and electrical insulating 

substrates, reducing the curing temperature and 

avoiding any expensive or non-automatic surface 

activation process.
3
 

 

It is well known that the adhesion between two 

materials is highly dependent on the interface which 

could be associated to an interphase in some cases. 

Although the concept of the interphase has been 

widely accepted, there are only a limited number of 

investigations which provide quantitative 

characteristics on organic/organic interphase
10,11

. In 

this study, our objective is to present an alternative 

method for powder coating deposition on composite 

material, and obviously to characterize the 

organic/organic interface or interphase formed 

between the powder coatings and the polymer based 

composite. In order to understand the adhesion 

mechanisms, the influence of cure time/temperature 

conditions on interface/interphase characteristics has 

been investigated. Physical and chemical analyses 

have been performed to highlight in depth the 

properties of the adhesive interface/interphase. 

Scanning Electron Microscopy (SEM) and 

Modulated Temperature Differential Scanning 

Calorimetry (MTDSC) have has been used to study 

the structural and thermal properties. Infrared 

Spectroscopy has been applied to chemically 

identify the different components of the 

interface/interphase. 

 

2 Experimental procedures 

2.1 Materials 

Conventional thermosetting powder coatings are 

classified into five major curing systems: epoxy, 

epoxy/polyester, polyester, polyurethane and 

acrylic
12,13,14

. In this study, low temperature curing 

(120°C) epoxy/polyester powder coating was used. 

It was purchased from LIFCO industry, and was 

essentially constituted by a mixture of diglycidyl 

ether of bisphenol A (DGEBA), carboxyl polyester 

resins, mineral fillers and other additives. The 

composite substrate is a modified epoxy matrix 

prepreg containing epoxy and sulfone functional 

groups with glass and carbon fibers. It has been 

produced by laying up pre-impregnated (prepreg) 

laminates followed by a curing treatment. These 

prepregs were manufactured by HEXCEL composite 

and designed for a curing program at 180°C. 

 

2.2 Sample and cross section preparation 

In order to prepare the coated-composite plates, an 

in-mold powder coating process has been performed 

(Figure 1). Firstly, release agent is applied on the 

mold. The epoxy/polyester powder coating was 

sprayed by electrostatic gun onto a conductive mold 

then heated for different time/temperature 

conditions. At this stage, the powders flow and 

coalesce to form a partially crosslinked films. Next, 

the sheets of prepreg composite materials were laid 

up on pre-heated powder layer, and the in-mold 

coating composite samples were fully cured and 

chemically bonded with a curing cycle (2h at 120°C 

and 2h at 180°C)
14,15

. In order to study the effect of 

conversion degree of powder coating on the 

interface properties, different samples have been 

prepared by varying, in the first stage, (i) the pre-

heating times of the powder coating in the mold (15 

min, 20 min, 40 min, 60 min) and/or (ii) the curing 

temperature (120°C and 160°C). Cross sections were 

prepared by cutting the coated composite plate, then 

wrapped by acrylic resin and polished as smooth as 

possible. 

  

 

 

 

 

 

 

 

 

Figure 1: Schematic diagram illustrating the general 

process of in-mold powder coatings. 
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2.3 Characterization techniques 

2.3.1 Scanning Electron Microscopy (SEM) 

 

Samples were analyzed using a Scanning Electron 

Microscope (SEM) coupled with Energy Dispersive 

X-ray (EDX) detector. SEM-EDX was used for 

studying the microstructure and the elemental 

composition of the interface. Experiments were 

carried out on a Zeiss Supra 40 VP microscope 

equipped with energy dispersive X-ray analyzer. 

Samples were coated with thin layer of carbon by 

discharge method then were scanned in 

backscattered electrons (BSE) with acceleration 

voltage of 10-20 keV on the polished edge of the 

sample. 

 

2.3.2 Fourier Transform Infrared Spectroscopy 

measurements (FTIR) 

 

Attenuated Total Reflectance Infrared Spectroscopy 

(ATR-IR) has been used to chemically characterize 

the coating/composite samples. IR analysis in depth 

has been performed by removing the coating, layer 

by layer, to reach the composite material (as 

schematized in Figure 2). The erosion has been 

controlled by using a micrometric gauge, and the 

measurements were carried out every 2-10 µm on 

three different regions. The ATR mode allowed us to 

analyze the first microns from the surface. 

Measurements were done using a Thermo-Nicolet 

Nexus FTIR equipped with an ATR accessory. All 

spectra were recorded with 64 scans and a resolution 

of 4 cm
-1

. 

 

 

 

 

 

 

 

Figure 2 : Schematic representation illustrating the 

successive ATR-FTIR analysis in the depth of the 

coating. 

 

2.3.4 Modulated Temperature Differential Scanning 

Calorimetry (MTDSC) 

 

MTDSC experiments were performed using a TA 

Instrument DSC Q100. The scans were carried out 

under a nitrogen purge, and the samples (about 5 

mg) were placed in holed aluminum pans. An empty 

pan was used as the reference. In order to determine 

the glass transition temperatures, samples were 

heated from 40°C to 260°C with a scanning rate of 

2°C/min. The midpoint temperature of the Cp jump 

was taken as glass transition temperature (Tg). 

 

Samples for MTDSC experiments were prepared by 

using a microtome (Leica Microsystems). The 

sections were cut parallel to the interface (Figure 3). 

The thicknesses of the sections were about 40 µm. 
 

 

 

 

 

 
 

Figure 3 : Schematic of the sample preparation for 

MTDSC analysis. 

 
3. Results and discussion 

3.1 Structural characterization of the interface-

interphase 

Figure 4 shows SEM cross section micrographs 

taken for four coated composite plates prepared with 

different conditions. Before application of the 

composite prepregs in the mold, the degrees of 

conversion of the epoxy/polyester powder coating 

were different. These degrees were calculated from 

DSC measurements and reported in the Table 1. The 

micrograph (A), which corresponds to the sample 

where the degree of conversion was 48%, showed 

micrometric nodules (droplets) within the coating. 

The size of these nodules is widely variable and 

ranged from few micrometers to about 50 µm. This 

result suggests a diffusion process from the 

composite material to the powder coating during the 

curing program. Because the powder coating was 

not completely crosslinked, the migration of nodules 

across the interface can be occurred. In consequence, 

the interface between the composite and the coating 
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has been disappeared, and an organic/organic 

heterogeneous interphase has been created. 

Table 1 : Values of the conversion degree of powder 

coating as determined from DSC analysis. 

 

On one hand, elemental EDX analysis shows the 

presence of carbon, sulfur, oxygen, titanium and 

other minor elements. A high signal corresponding 

to titanium element appears onto coating matrix, 

suggesting a high amount of TiO2 mineral filler. 

Interestingly, sulfur element has been only detected 

onto nodules and composite substrate (Figure 5). 

One can note that the epoxy composite contains 

polyethersulfone (PES), which could be constituted 

the only source of sulfur element. 

 

On the other hand, the micrographs (B, C and D) in 

Figure 4, which correspond to the samples with 

conversion degrees from 67% to 92%, displayed 

clear interfaces between the coatings and the 

substrates. Here, the high crosslinked matrix 

prevented the penetration of nodules previously 

observed at relative low conversion degree (48%). 

The interface/interphase observed in the different 

cases was responsible for adhesion mechanisms. Its 

physicochemical properties constitute a key element 

to understand such mechanisms, as we well present 

in the next sections. 

 

 

 

Figure 4. Cross section SEM micrographs showing the 

structural properties of the interface/interphase between 

the coating and the substrate. The powder coating was 

pre-heated at 120°C for 20 min (A), 40 min (B), 60 min 

(C), and at 160°C for 15 min (D). 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Condition Conversion degree (± 5%) 

20 min, 120°C 48% 

40 min, 120°C 69% 

60 min, 120°C 92% 

15 min, 160°C 67% 
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Figure 5. SEM micrograph showing the nodules into 

paint matrix (a) and corresponding EDX mapping of 

sulfur (b) and titanium (c). 

 

3.2 Chemical characterization by FTIR 

spectroscopy 

 

The chemical features of the crosslinked powder 

coating and composite material were firstly studied 

by FTIR spectroscopy in ATR mode. Figure 6 shows 

the obtained spectra in the range of 800-1800 cm
-1

. 

Table 2 indicates the significant vibration 

frequencies related to the functional groups of each 

compound. Infrared spectroscopy reveals some 

important differences between the epoxy/polyester 

powder coating and the epoxy-based composite. 

These differences will be helpful for choosing the 

significant IR peaks, which could be easily analyzed. 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 6 : FTIR spectra of crosslinked powder coating (a) 

and composite substrate (b) in the range of 800-1800 cm
-1

. 

Table 2 : Significant IR peaks of crosslinked powder 

coating and composite substrate.
16

 

 

The IR spectrum of the powder coating (Figure 6.a) 

shows an intense peak at 1714 cm
-1

 which is 

associated to the C=O stretching vibration of 

polyester group. This peak is not present in the IR 

spectrum of composite. Figure 6.b, corresponding to 

IR spectrum of composite, reveals three significant 

peaks at 1034, 1070 and 1148 cm
-1

 which are 

attributed to stretching vibration of sulfoxide and 

sulfone groups. A common peak at 1576 cm
-1

 

present in powder coating and composite matrix was 

observed and assigned to the aromatic rings. The 

peaks at 1714 cm
-1

 and 1148 cm
-1

 constitute good 

signatures of the powder coating and composite 

respectively. In order to study the chemical 

composition across the coating/composite interface, 

we have determined the integrated areas of the 

selected peaks as a function of the penetration 

depths in the coating (Figure 7). Note that we have 

realized the IR spectra step by step by removing the 

coating, layer by layer, from the top surface of the 

coating to the composite substrate (see Figure 2). 

 

As shown in Figure 7, the intensities of the selected 

IR peaks vary across the coating/composite 

interface. On one hand, when the powder coating 

was pre-cured for 20 min at 120°C, the intensity of 

the C=O peak at 1714 cm
-1

 gradually decreased from 

the coating to the substrate side (Figure 7.a). Coating 

signal becomes very low after erosion of ~ 200 µm. 

On the other hand, the intensity of the peak at 1148 

cm
-1

, which corresponds to the composite substrate, 

increased to reach a first maximum at about 60 µm 

of penetration. Then, a high variation has been 

observed due to the presence of glass fibers inside 

the composite. The analysis of the aromatic peak at 

1576 cm
-1

 showed the same variation observed for 

sulfone peak (composite). In all the cases, the 

intensities of C=C aromatic peak are higher than 

those of sulfone groups (Figure 7.a). This difference 

is due to the contribution of the C=C aromatic 

groups of the coating in the calculated intensity. 

Position (cm
-1

) Peak assignment 

1034, 1070, 1148 ν(S=O),  ν(O=S=O) 

1576 Vibration of (C=C) aromatic 

1714 ν(C=O) 

(a) 

(b) 
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When the powder coating was pre-cured for 40 min 

or 60 min at 120°C (Figure 7.b and 7.c), the 

variations of the IR peak intensities were very 

different from that of 20 min at 120°C. The intensity 

of the C=O peak at 1714 cm
-1

 remains unchanged 

over the entire coating thickness. After removing of 

~ 90 µm of coating, a sharp decrease in intensity was 

observed. On the contrary, the peak at 1148 cm
-1

, 

which corresponds to the composite signal, showed 

a high increase. The same result has been obtained 

when the powder coating was pre-cured for 15 min 

at 160°C (Figure 7.d). 

Based on this data, FTIR analysis showed the 

formation of a large heterogeneous interphase 

(around 150 µm) when the powder coating has a low 

conversion degree (~48% obtained by pre-heating 

for 20 min at 120°C). The interphase disappeared 

when the conversion degree was higher than ~ 65%. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

The formation of heterogeneous interphase depends 

on the pre-curing conditions of the powder coating.  

 

3.2 Thermal properties of the interface- 

interphase coating/composite 

 

MTDSC experiments were firstly performed on film 

coating and non-coated substrate. The glass 

transition temperatures (Tg) were about 82°C and 

200°C for free film coating and pure substrate, 

respectively (Figure 8.a). No significant difference 

between the types of coating (20min/120°C and 

60min/120°C) has been observed. This can be 

explained by the fact that the two samples were also 

cured for a supplementary heating cycle (2h at 

120°C + 2h at 180°C). Therefore, the two paint 

matrices were fully crosslinked and similar results 

were obtained by thermal analysis. 

Figure 7 : Evolution of the intensities of significant IR peaks across the coating/composite interface ( 

Carbonyl group,▲ Sulfone group, ■ aromatic ring). The powder coating was pre-heated at 120°C for 20 

min (a), 40 min (b), 60 min (c), and at 160°C for 15 min (d). 

(a) (b) 

(c) (d) 
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MTDSC results obtained from the top surface to the 

bulk of the sample are illustrated in Figure 7.b and 

7.c. For the first sample, where the powder coating 

was pre-cured for 20 min at 120°C, the glass 

transition Tg(coating) appeared at about 82°C. When 

approaching to the interface region (section 2, 3 and 

4), thermal analysis showed a gradual decrease in Tg 

signal (Figure 7.b). In parallel, two Tg signals 

appeared at about 200°C and 225°C: the first one 

corresponds to the glass transition of composite 

material and the second one can be attributed to the 

polyethersulfone (PES) nodules observed within the 

heterogeneous interphase (see Figure 4.a). We note 

that PES (thermoplastic toughening) has been 

widely used in aerospace and automotive industries 

because it enhances toughness without 

compromising other desirable properties of 

composite materials
17 , 18

. The phase separation of 

thermoplastic-modified epoxy systems was already 

reported in the literature
19,20,21,22

. In this study, due to 

the contact of the coating with modified epoxy 

system, the phase separation induced the formation 

of heterogeneous interphase within the coating 

matrix. 

When the powder coating was pre-cured for 60 min 

at 120°C (Figure 7.c), the thermal analysis, done on 

section 1 and 2 logically showed the glass transition 

of coating (82°C). Approaching the interface, one 

glass transition Tg corresponding to the composite 

substrate has been observed at 200°C. However, no 

Tg at 225°C has been detected, indicating the 

absence of the interphase found in the first case. 

Note here that similar results have been obtained for 

the thermal analysis of the samples pre-cured for 40 

min at 120°C and 15 min at 160°C. 

 
4 Conclusion 

In the present work, a combination of different tests 

was envisaged in order to study the influence of 

powder coating pre-curing time on interface 

coating/epoxy matrix composite. Good correlations 

have been obtained between the structural, thermal 

and chemical analysis. The pre-curing time of 

powder coating, and consequently the degree of 

conversion, has a clear effect on the formation of 

interphase/interface between coating and composite 

substrate. The in-mold powder coating method was 

an efficiency way for painting epoxy based 

(a) 

(b) 

(c) 

Coating 

20min/120°C 

Coating 

60min/120°C 

Composite 

Section 1 

Section 2 

Section 3 

Section 4 

Section 1 

Section 2 

Section 3 

Section 4 

Figure 7 : (a) MTDSC thermograms of crosslinked 

powder coatings film and pure composite substrate. (b) 

and (c) MTDSC thermograms obtained for two different 

coated substrates. The powder coating was pre-cured for 

20 min at 120°C (b) and for 60 min at 120°C (c). 
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composites. In relation, this study looks promising 

for further investigation concerning the influence of 

hydrothermal ageing on physicochemical properties 

of such systems. 
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Introduction 

For high volume manufacturing, thermoplastic 

composites have proven to be very economic. This 

basically results from short cycle times and a high 

level of automation during processing. In 2004 the 

collaborative research centre CRC 639 was founded 

at TU Dresden to investigate such materials, 

especially hybrid yarn based thermoplastic 

composites. It is a collaboration comprising polymer 

science, textile technology, applied mechanics and 

process analysis, lightweight engineering as well as 

microelectronics. The central objective is to use 

textile processes to manufacture unique fabrics and 

textile preforms which can be processed in 

automated manufacturing cycles. The manufacturing 

path from the individual fibre to the composite 

structure is displayed in Fig. 1. Firstly, filaments 

have to be spun from the polymer melt and to be 

combined with glass filaments in a hybrid yarn. 

Subsequently, the yarns are processed by different 

textile technologies into fabrics and later on to near 

net shaped preforms. In order to manufacture a 

composite structure, the soft and “dry” textile 

preform has to be consolidated. After cutting, the 

structure can be assembled by several joining 

techniques [1]. 

The aim of the investigations is to provide 

adapted technologies for application-ready 

lightweight structures. This includes the consistent 

theoretical and technological description of the 

complete process chain from the individual filament 

to complex structures. As all steps in the process 

chain are highly complex, one exemplary material 

configuration is selected. 

 

Fig. 1. Process chain of the CRC 639 

Hybrid yarns, consisting of polypropylene (PP) 

filaments and glass filaments (GF), are chosen as a 

base material for continuous filament reinforced 

thermoplastic composites. These yarns can be 

manufactured into adapted preforms with textile 

fabrication methods [2, 3]. They can be consolidated 

in short time pressing processes to structural parts 

with complex geometries and a high load-bearing 

capability [4]. 

It is well known that the mechanical properties 

of fibre-reinforced composites are influenced by the 

surface treatment (sizing) of the reinforcing 

fibres [5, 6]. The average thickness of these sizing’s 

is in the range of 0.5 to 1.0 µm for commercially 

available glass fibres with diameters between 10 and 

14 µm. Generally, the sizing’s consist of 80-90 % by 

weight film former, 5-10 % by weight silane 

coupling agents and 5-10 % by weight auxiliary 

agents [7]. The functions of the silane coupling 

agents and their interactions with both the glass 

fibres and the polymer have been reviewed by 
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Ishida [8]. The generated silanol groups react with 

the glass surface primarily via hydrogen bonds to 

form partly covalent bonds. The second functionality 

of the sizing is the ability to interact with the 

thermoplastic or thermosetting resin by a chemical 

reaction. In earlier publications, it was shown that 

the interfacial shear strength can be improved by the 

application of modified polypropylene in short and 

continuous fibre-reinforced polypropylenes [9]. 

It was proven that the basic amino groups of 

the silane reacted with both the acidic groups of the 

PP matrix and the PP film former dispersion to build 

a strong covalent bond. 

Another fact is that not only the silane coupling 

agent is important for interphase formation. Because 

of the extreme sensitivity to abrasion and bending of 

the reinforcing fibres, the sizing must also fulfil 

processing requirements, whereby it can influence 

the frictional behaviour. Moreover, it has been 

demonstrated that the film former plays a crucial 

role in interphase formation as reported for different 

model sizing’s [10]. Experimental results showed 

that the fibre-matrix interaction, tested by single 

fibre pull-out tests, depends on the chemical 

modification of the PP matrix in conjunction with 

the sizing. Highest interfacial shear strengths were 

determined with PP film formers and PP matrix, 

both modified by maleic-anhydride grafted 

PPs [10-13]. 

Due to matrix functionalization’s and their 

influence on the material behaviour of the composite 

it is necessary to evaluate and adapt existing 

material models. Thereby especially the behaviour 

of the thermoplastic matrix, affected by creep and 

relaxation phenomena has to be considered for 

accurate results. This also concerns the material 

behaviour under compressive loading in out of plane 

direction, like caused by clamping forces of screwed 

joints [14]. 

In this paper the inelastic material behaviour of 

modified unreinforced and textile reinforced PP has 

been investigated experimentally. A material model 

for polymers [15] was adapted to describe the 

material behaviour of the modified polypropylene 

and compared to the results of the experiments. Then 

a two-step homogenization procedure was used to 

predict the effective material behaviour of the 

composite. 

 

 

Experimental investigation of modified 

polypropylene 

The first part of the investigation of the 

behaviour of the modified textile reinforced PP deals 

with the calibration of the material model for PP 

using experimentally obtained data. For these 

experiments specimens were manufactured. 

The homo-PP (HG455 FB, Borealis) with the 

average molecular weight Mw = 1610
4 
g/mol was 

used and blended with 2 % by weight of a maleic 

anhydride modified PP (Melt Flow Rate 36 g/10 min 

acc. to ISO 1133) which was produced from 

isotactic homopolymer by grafting with maleic 

anhydride (Exxelor P1020, Exxon Mobil Corp.) with 

Mw = 8.610
4
 g/mol was used as base matrix 

material. 

The specimens of modified PP (Fig. 2) were 

manufactured by injection moulding. The tension 

test specimens (160104 mm
3
), according to 

DIN 53455, specimen No. 3, (ISO 527.2) and plates 

(708015 mm
3
) were manufactured using the 

injection moulding machine Ergotech 100 (Demag 

Ergotech Wiehe GmbH). From these plates 

compression test specimen with the dimensions of 

101020 mm
3
 (length  width height) were 

produced by milling. 

 

Fig. 2. Polypropylene specimens 

All tests include a set of five samples and were 

conducted at 23°C and 50% relative humidity. For 

the tensile tests a standard testing machine zwicki-

Line Z2.5 (Zwick GmbH & Co. KG) with a video 

extensometer videoXtens® for the measurement of 

the elongation of the specimens was used. At the 

beginning, static tests with velocities of 0.5, 5 and 

50 mm/min were conducted to determine the 

maximum stress level of the specimens. Then a 

relaxation test with a strain of 0.8 %, applied with a 

test velocity of 100 mm/min and a holding time of 

1 h has been carried out. A creep test with a stress 

level of 15 MPa, applied with a test velocity of 
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3.5 mm/min and the same holding time of 1 h is the 

last tensile test. 

For the compression tests another testing 

machine Zwick UPM 1472 (Zwick GmbH & Co. 

KG) with parallel plates was used. The elongation 

was measured with the machine integrated 

measurement system. To avoid measurement errors 

due to the unknown elasticity of the machine, a 

compensation curve was recorded without a 

specimen before the beginning of the tests and used 

to calibrate the measured elongation of the specimen 

during the compressive tests. In accordance to the 

tension test, first static experiments were conducted 

with test velocities of 1, 10 and 100 mm/min. 

Afterwards, a relaxation test with 1.8 % strain, 

applied with a test velocity of 10 mm/min and a 

holding time of 1 h was performed. The final test 

was a creep test with a stress level of 20 MPa, 

applied with a velocity of 10 mm/min and the same 

holding time of 1 h. 

The results of the static tests are shown in 

Fig. 4 and Fig. 5 (tensile tests) and Fig. 12 and 

Fig. 13 (compression tests). The first character in the 

caption of the diagrams is “T” or “C” for tension test 

or compression test. The second is “M” or “C” for 

matrix or composite and the third is “R” or “C” for 

relaxation or creep test in the long term diagrams. 

From Fig. 5 it can be seen, that the modulus as well 

as the stress level increase with higher test 

velocities. The same behaviour can be recognized in 

Fig. 12 for the compression tests of the matrix. 

Therefore, the material behaviour can be 

characterized as strain rate dependent which is a 

typical feature for polymers. 

Calibration of the material model for the 

polypropylene 

A small strain, isotropic viscoplastic material 

model proposed by Kästner et al. [15, 16] for 

modeling the inelastic constitutive behaviour of 

polymers is applied to represent the PP matrix in a 

numerical model of the local material structure of 

the composite. The constitutive relations are based 

on an overstress formulation, i.e. the total stress  

          (1) 

is additively decomposed into the strain rate 

independent equilibrium stress     and the strain 

rate dependent overstress    . In the case of present 

inelastic, e.g. plastic or viscous, deformations, the 

total strain  

          (2) 

is split into an elastic and an inelastic part which 

typically serves as an internal variable. The 

superscript ( ) will later relate this variable to a 

certain branch of the material model. Similar 

approaches are for instance followed by Haupt and 

Lion [17, 18], Hartmann [19] as well as Müller et al. 

[20, 21]. The structure of the used material model is 

illustrated by the rheological model shown in Fig. 3. 

 

Fig. 3. Rheological model consisting of three 

principal model branches: a nonlinear spring, and 

endochronic model of plasticity and a set of    

viscoelastic Maxwell models. 

The model includes a nonlinear elastic spring, 

an endochronic model of plasticity and a set of 

Maxwell elements with a process dependent 

viscosity function. Therefore, it is able to describe 

viscoplastic material behaviour with nonlinear 

viscous characteristics if all model branches are used 

simultaneously. Because the model is capable of 

representing the most general class of mechanical 

behaviour according to the classification of Haupt 

[22], other typical categories of material behaviour, 

e.g. plasticity or linear viscoelasticity, can be 

realized by omitting certain sub models. 

The model of the equilibrium stress  

              (3) 

is defined by the combination of a nonlinear elastic 

stress-strain relation 
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   | |
  (4) 

with material parameters   ,   and an endochronic 

model given by 

       (      )

 ̇     (      )| ̇|
 (5) 

and material properties   ,   . In this simple 

plasticity model, a hysteresis of the stress-strain 

curve for combined loading and unloading processes 

is represented by the internal variable      which 

can be interpreted as a plastic strain. Together these 

two model branches account for the strain rate 

independent parts of the material behaviour. 

The constitutive formulation of the rate 

dependent fraction of the stress is a generalized 

Maxwell model with    parallel elements. The non-

equilibrium overstress is the sum of the individual 

stresses in each Maxwell element 

    ∑  
  

  

   

  
          

   

 ̇ 
   

 

  
     

    
  
  

     
    

 (6) 

In this model branch the internal variables   
o  

are used to account for all rate dependent effects of 

the material behaviour, for instance the strain rate 

dependence observed in tensile tests performed at 

different velocities but also for the long-term 

relaxation and creep effects. The relaxation strengths 

   and relaxation times    (or equivalently the 

viscosity   ) of each Maxwell element form a 

discrete relaxation spectrum whereat the number of 

required Maxwell elements is determined by the 

period of time which has to be modelled. Details on 

the required experimental stress-time data can be 

found in [22]. Typically one Maxwell element per 

decade of the covered time scale is used. 

In [15] it was shown, that the stress-time 

curves obtained from tensile tests cannot be 

accurately reproduced using the linear overstress 

model, we therefore use a nonlinear strain rate 

dependence by replacing the constant viscosity    by 

a function  

 ̃       ( 
|   |  

  
) (7) 

of the overstress and two additional parameters    

and   . The idea of an overstress dependent 

viscosity function has previously been used for 

modelling of metals [17] and elastomers [18]. 

The procedure for the identification of the 

material parameters is in-line with the structure of 

the material model. Relaxation tests are an ideal 

means to quantify the parameters of the generalized 

Maxwell model, since they allow for a separation of 

strain rate dependent and independent fractions of 

the total stress, Therefore, the discrete relaxation 

spectrum is determined from a relaxation experiment 

using the window algorithm of Emri and Tschoegl 

[23]. All other parameters are obtained from fitting 

the model predictions to the results from tensile tests 

whereat information from [15] regarding the 

material behaviour of unmodified PP has been taken 

into account. 

In Fig. 4 and Fig. 5 experimental and 

numerical results are compared. The simulation has 

been carried out with a finite element 

implementation of the generalized three-dimensional 

version [15, 16] of the presented material model. 

The comparison shows the good approximation of 

the rate dependent deformation behaviour in tensile 

tests (Fig. 4). 

 

Fig. 4. Comparison of results static tensile tests and 

simulation of the behaviour 

In addition the material model accurately 

models the long-term characteristics observed in 
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relaxation and creep experiments (Fig. 5). While the 

former experiments were used for the identification 

of material parameters, the latter comparison 

demonstrates the predictive capabilities of the 

model. 

 

Fig. 5. Comparison of results from long term tensile 

tests and simulation of the behaviour 

Experimental investigation of the composite 

The second part of the investigation deals with 

the composite material. The first step is also the 

manufacturing of specimens. The process is shown 

in Fig. 6. From a multi-layered weft-knitted fabric 

made from a hybrid yarn containing GF and the 

modified PP square plates of 296296 mm
2
 were cut 

so, that the ro ing’s in warp and weft direction are 

parallel to the edges of the square. These dimensions 

are a little bit smaller than the dimensions of the 

mould, so the preforms fit safely into it. Ten of these 

plates were laid up (Fig. 6 a) and consolidated in an 

evacuated mould in a laboratory press (300 kN 

pressing force, 200 °C mould temperature, 35 min 

holding time) to a plate with the dimensions of 

2972976 mm
3
. Afterwards, stripes with a width of 

20 mm and a length of 270 mm were cut out by 

water jet (Fig. 6 b). Four of these stripes were 

stacked in a second mould and pressed in an 

autoclave (60 MPa autoclave pressure, 200 °C 

temperature, 2 h holding time) to a bar of 

2023.6270 mm
3
 (Fig. 6 c). In a last step specimen 

for compression test were made by milling from this 

bar (Fig. 6 d). 

 

Fig. 6. Manufacturing of the composite specimens 

For the compression tests the same testing 

machine as used for the polymer, Zwick UPM 1472 

(Zwick GmbH & Co. KG) with parallel plates, was 

utilized. To avoid measurement errors due to the 

unknown elasticity of the machine, the same 

compensation curve as in the compression tests of 

unreinforced PP was applied to calibrate the 

measured elongation of the specimen during the 

tests. First, static compression tests were conducted 

with test velocities of 1, 10 and 100 mm/min. 

Afterwards a relaxation test with 4 % strain, applied 

with a test velocity of 10 mm/min and a holding 

time of 1 h has been carried out. Finally, a creep test 

with a stress level of 117 MPa, applied with a 

velocity of 10 mm/min and a holding time of 1 h has 

been conducted. 

The results of the static tests of the composite 

are shown in Fig. 12 and Fig. 13, with the same 

indices as in the previous diagrams. From Fig. 12 it 

can be seen that the composite clearly exhibits 

strain-dependent material behaviour. However, it is 

less pronounced than for the pure matrix material. 

One reason can be seen in the stiffening influence by 

the textile reinforcement. In comparison to the 

unreinforced specimens the stresses of the composite 

ones are about three times higher at the same strain 

level. The comparison of the plots of the long-time 

behaviour in Fig. 13 shows nearly the same 

characteristic but different stress levels between pure 

matrix and the composite. 
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Simulation of the effective mechanical response 

of the composite 

In order to reproduce the experiments in 

numerical simulations, the material behaviour of all 

constituents and their geometrical arrangement in 

the composite have to be modelled properly. As a 

consequence of the hierarchical material structure, 

two consecutive homogenisation steps are performed 

to predict the effective behaviour of the composite 

according to Fig. 7. The first step is applied to areas 

of high fibre volume fraction which are replaced by 

a Homogeneous Substitution Material (HSM) called 

roving. The arrangement of ro ing’s of a certain 

textile reinforcement is the major characteristic of a 

mesoscopic Representative Volume Element (RVE). 

 

Fig. 7. Two-step homogenisation procedure to 

predict the effective material behaviour of the 

composite. 

The model for the PP matrix has been 

introduced in the previous section. Regarding the 

compressive tests, the long term behaviour is of 

particular interest. This can be reproduced using 

only a linear viscoelastic sub model of the presented 

constitutive relations consisting of a Hookean spring 

(  ) to account for the nonzero equilibrium relation 

and a set of    Maxwell elements with modified 

parameters    and    for the strain rate dependent 

overstress. In the time domain a closed form, three-

dimensional description of the model originally 

defined by equations (4) and (6) is given by the 

tensorial relaxation function  

         ∑   
  

   

  

   

 (8) 

The equivalence of the full and the reduced 

linear sub model version for time intervals larger 

than    s is shown by means of a numerical 

relaxation simulation in Fig. 8. 

 

Fig. 8. Comparison of the long term behaviour; 

numerical relaxation simulation 

As illustrated in Fig. 7, the roving itself 

consists of polypropylene and glass. Due to the PP 

matrix material, the roving will exhibit strain rate 

dependent behaviour. Hence, a homogenisation 

procedure is used to predict the effective, 

viscoelastic material behaviour of the roving. The 

microscopic RVE used for the homogenisation of 

the roving consists of the PP matrix material and 

glass filaments with a fibre volume fraction of 50 % 

and the parameters       GPa and         

[16, 24]. 

The used computational homogenisation 

approach is based on Hill’s principle, namely the 

equivalence of the averaged micro- and macroscopic 

stress power [25-27], in conjunction with periodic 

boundary conditions and the elastic-viscoelastic 

correspondence principle in combination with a 

Laplace-Carson transformation (LCT). Further 

details can be found in publications by Pierard 

[28, 29] and Haasemann et al. [30]. The associated 

algorithm is illustrated in Fig. 9. 

 

Fig. 9. Homogenisation based on elastic-viscoelastic 

correspondence principle 
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For the LCT it is necessary to discretize the 

Laplace variable   (see Fig. 9). A set of         

pairs of material tensors is used in the Laplace 

domain and for each a linear elastic homogenisation 

problem is solved. After the inverse LCT one 

obtains the effective, anisotropic viscoelastic 

material tensor  ̅   . When the functions of the 

viscoelastic relaxation tensors in the time domain are 

known, it is possible to obtain the effective, 

anisotropic relaxation tensors for the HSM. 

The results for two tensile loads applied 

transversely to the fibre as well as under an angle of 

45 degrees (T2, T45) carried out for a unidirectional 

layer of the viscoelastic HSM, compared to a 

reference simulation with the heterogeneous 

microstructure show the accuracy of the approach 

and the anisotropy of the effective material model 

for the roving (see Fig. 7). 

 

Fig. 10. Validation of the viscoelastic 

homogenisation: a) Meshed microscopic RVE; b) 

Verification setup; c) Comparison reaction forces 

For the numerical simulation of the behaviour 

of the whole composite according to Fig. 11, a 

geometric model of the mesoscopic textile 

reinforcement is needed. Because the inner structure 

of the consolidated textile fabric is very complex, it 

is not possible to directly use information from CT 

scans or micrograph images. 

Therefore, an idealized geometric model of the 

mesoscopic RVE has been generated (see Fig. 11 b). 

Based on representative 2D sections from the CT 

scan (see Fig. 11 a), the dimensions of the roving 

(black and white lines) and the height of the layers 

have been determined (0.5 mm). For the simulation 

of the composite, several of these RVE were 

assembled to form a quarter model of the specimen 

with the symmetry planes between vector 1&2 and 

2&3 (see Fig. 11 c). 

 

Fig. 11. Development of the geometric model; a) CT 

scan; b) RVE; c) 1/4-part of the geometric model of 

the composite specimen 

Simulation of the long-time behaviour 

The simulations of a creep and a relaxation 

load case considering compressive loading applied 

to the composite (CC|C|117MPa, CC|R|4%) are in 

good agreement with the corresponding 

experimental results.  

 

Fig. 12. Comparison of experimental results for 

static compression tests  
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While the creep simulation predicts a slightly 

softer effective material behaviour than indicated by 

the experiments, the simulated relaxation behaviour 

appears to be stiffer than the real composite 

specimen. Possible reasons for that could be 

deviations between the geometry of the finite 

element model and the real textile reinforcement 

structure of the specimen, the assumed fibre volume 

fraction of the roving in the homogenisation 

procedure as well as the tension/compression 

asymmetry of the matrix material. 

 

Fig. 13. Comparison of results from long term 

compression tests and simulation of the behaviour 

Therefore, the current work concerns the 

implementation of an improved material model for 

the PP matrix to account for different behaviour in 

tension and compression. Furthermore, algorithms to 

derive geometric models from CT scans of the 

specimen are investigated. 

Conclusion and Outlook 

This paper describes the experimental and 

numerical investigation of the long-term behaviour 

of a modified textile reinforced PP. First, tensile and 

compression test specimens of modified, 

unreinforced PP were manufactured and tested in 

static experiments with different velocities as well as 

long-term relaxation and creep tests. A strain rate 

dependent behaviour and an asymmetry between the 

material behaviour under tension and compression 

were recognized. 

Based on the experiments, a material model for 

PP was chosen and its parameters were identified 

from the experimental data.  

In order to predict the effective material 

behaviour of the composite, a two-step 

homogenisation was performed. In the first step 

(micro-meso) the effective anisotropic, viscoelastic 

behaviour of areas with high fibre volume fraction, 

the so-called roving, has been computed using 

homogenisation procedures adapted to linear 

viscoelastic material behaviour. For the second step 

(meso-macro) an idealized geometric model of the 

local textile reinforcing structure was deduced from 

CT scans. Using this mesoscopic RVE model, the 

behaviour of the composite was simulated and 

compared to static and long-term compression 

experiments carried out with composite specimens. 

Although the overall characteristics of the 

experiments are represented by the numerical 

results, the exact quantities of the experiments 

cannot be matched. Possible reasons for that could 

be deviations between the geometric model and the 

real structure of the composite or the recognized 

asymmetry between tension and compression of the 

matrix material. 

Future work therefore has to focus on a better 

description of the tension/compression asymmetry in 

the behaviour of the matrix material and an 

automated procedure to obtain a geometric RVE 

model directly from a CT scan. 

In addition, for life time analysis of the 

material, long-term experimental data up to 10
8
 s are 

necessary. Standard testing machines, used in the 

research described here are not suitable for that. 

Therefore, a long term test rack is currently under 

development. 
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1 Introduction  

Activated carbon fibers (ACFs) have the properties 
of small fiber diameters, large specific surface area, 
uniform pore size distributions and rapid 
adsorption/desorption rates, and have been widely 
used adsorbents. In addition, carbon nanotubes 
(CNTs) have received much attention recently 
because of their excellent mechanical and electrical 
properties and being candidates for adsorption. Thus, 
it should be highly interested as grafting CNTs onto 
ACFs to form a hybrid adsorbent, CNTs/ACFs [1]. 
Moreover, if the CNTs can be grown directly on the 
ACFs for using in the end applications, the post-
synthesis processes of CNTs powders become 
unnecessary [2]. 

Using carbon fibers as substrates for the growth of 
CNTs have been observed in several studies. Carbon 
fibers are derived from several precursors, currently 
with polyacrylonitrile (PAN) being the predominant 
precursor. PAN-based carbon fibers generally have 
high strength, high modulus, and low density (1.75–
2.00 g/cm3). Carbon fibers can also be made from 
pitch, where pitch-based carbon fibers tend to have a 
high modulus, as well as high thermal and electrical 
conductivities [3]. Fiber coating often used to 
modify the interfacial characteristics of carbon fibers, 
and improve the composites mechanical behavior.  

There are mainly three different methods used for 
the synthesis of CNTs, including the electric arc 
discharge, laser ablation, and chemical vapor 
deposition (CVD). The electric arc discharge and 
laser ablation methods encounter problems in 
scaling up, while the CVD method provides the 
opportunities for the mass production of CNTs. The 
growth mechanism of CNTs on carbon fibers is 
generally regarded an “adsorption-diffusion-
deposition” model. Thus, the key step to the 
production of CNTs is the adsorption and 
decomposition of hydrocarbons compounds 
(precursors of carbon atoms) on the active surface of 
catalyst nanoparticles. Therefore, the diameters of 

the catalysts determine the feature of CNTs. The 
smaller the catalyst particles, the finer the CNTs and 
the fewer the number of the wall layers of CNTs. 
When the concentration of the precursor of catalyst 
is high, the reduced metal catalysts are more likely 
to agglomerate and grow up, resulting a large 
diameter of CNTs and enlarged diffusion path. This 
is not in favor of the synthesis of CNTs but will 
easily lead to the formation of amorphous carbons 
[4].  

The floating catalyst method is more favorable for 
the growth of CNTs on carbon fibers comparing 
with thermal CVD method reported by other groups 
[5-6]. It decreases the inter-diffusion amount of the 
transition metal on the carbon surface while the 
contact time decreases between the transition metal 
and carbon fiber surface. At high growth 
temperatures (> 800 oC), the rapid inter-diffusion of 
the transition metal iron on the graphite surface 
results in a rough fiber surface with no CNTs grown 
on the surface. When the growth temperature is 
relatively low (650–800 oC), CNTs are fabricated on 
the graphite surface with catalytic particles on the 
nanotube top ends. [5] 

Naito et al. [3] used the CVD methods making the 
CNTs grown on the carbon fiber surface. The results 
showed that grafting of CNTs improved the 
mechanical properties and the Weibull modulus of 
ultrahigh tensile strength PAN-based and ultrahigh 
modulus pitch-based carbon fibers. Specifically, the 
average tensile strength of the ultrahigh strength 
PAN-based carbon fibers grown with CNTs was 
6.73  1.01 GPa, which is 18 % higher than that in 
the as-received state (5.69  1.02 GPa). 

CNTs functionalized at the end caps with 
hexamethylene diamine (HMD) could be covalently 
grafted onto the surfaces of carbon fibers treated 
with acyl chloride, which increased the weight of 
carbon fiber by 1.2 %. The grafted CNTs were 50–
200 nm in length and around 14 nm in diameter. [7] 
A similar chemical process was proposed by 
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Laachachi et al. [8] to graft CNTs onto a carbon 
fiber surface. CNTs and fibers were functionalized 
under acid or thermal treatments, leading to forming 
bonds between nanotubes and fibers such that the 
CNTs formed a 3D network around the carbon fibers. 
Grafting with acetone as a solvent gave the best 
results. However, this process would lead to CNTs 
bonding between two fibers. Moreover, the carbon 
fiber strands acted as filters and interfered with 
CNTs penetration. As a result, the CNTs could not 
graft homogeneously and cover completely on fiber 
surface. In addition, electrophoresis was utilized for 
the selective deposition of CNTs on woven carbon 
fabric [9]. The CNTs/carbon fabric/epoxy 
composites showed ~ 30 % enhancement of the 
interlaminar shear strength as compared to that of 
the composites without CNTs and demonstrated 
significantly improved out-of-plane electrical 
conductivity. Besides the carbon fibers, the ACFs 
have also been adopted as the substrate to grow the 
CNTs, taking advantage of the large amount of 
micropores of the ACFs to obtain a uniform 
dispersion of the nanosized catalytic metal ions [2].  

Nitrogen-doped CNTs are known to exhibit good 
electrocatalytic activity for the oxygen reduction 
reaction (ORR) [10]. When CNTs were doped with 
nitrogen atoms through a replacement of carbon 
atoms, the local physical properties around the 
nitrogen atoms generated a significant change, 
resulting in the variation of the local chemical 
reactivity. This change increased the binding energy 
and the possibility of gas molecules interacting with 
the nitrogen-doped CNTs [11]. In addition, the 
chemical states of nitrogen atoms on the surface of 
nitrogen-doped CNTs contribute much more defect 
sites, which could be regarded as the micropores for 
adsorption. 

The CNTs covering have been a widely used method 
for surface modification of carbon fibers for 
improving the interface shear strength between the 
carbon fiber and the matrix. However, the studies 
related to the characteristics and the applications of 
the CNTs grown on the ACFs are sparely in 
literature. Therefore, the objective of this paper is to 
investigate the physicochemical properties of 
CNTs/ACFs and determine the role of nitrogen on 
CNTs/ACFs. 

 

2 Experimental 

2.1 Preparation of CNTs/ACFs 

One commercial PAN-based ACFs sample 
manufactured by Taicarbon Inc. was used as starting 
materials (denoted as ACF), which was woven 
activated carbon fabric. The CVD method was used 
for growth of CNTs or nitrogen-doped CNTs 
directly onto ACFs (denoted as CNT/ACF or 
CN/ACF), through a cobalt/iron catalyzed reaction 
in a tubular furnace system. For CNT/ACF, the 
acetylene was used as the carbon source, and 
ferrocene as the catalyst precursor. After the ACFs 
sample immerged with cobalt (II) acetate 
(Co(CH3COO)2) was positioned at the quartz tube in 
tubular furnace, a ceramic boat with  ferrocene was 
placed in an appropriate position inside of the quartz 
tube. Then acetylene was directed into the tubular 
furnace at a rate of 20 sccm, reacting for 1 h at 650 
oC in flowing argon gas. For CN/ACF, the 
acetonitrile was used as both the carbon and nitrogen 
sources, and ferrocene as the catalyst precursor. First, 
the mixture of acetonitrile and ferrocene were 
prepared with a ratio of Fe/C = 1.3 (w/w). After the 
ACF sample immerged with cobalt (II) acetate was 
positioned at the quartz tube in tubular furnace, the 
mixture was injected into the tubular furnace at a 
rate of 1.2 ml/h, reacting for 2 h at 900 oC in flowing 
argon gas. The as-grown CNT/ACF and CN/ACF 
were characterized without any treatment. 

 

2.2 Characterization 

The surface morphology and the transverse fracture 
surfaces of the samples were characterized using 
field emission scanning electron microscopy 
(FESEM). The FESEM samples were cut and 
attached to an aluminum stub with carbon tape and 
examined in a Hitachi S-4700, at an accelerating 
voltage of 5 kV. Elemental analysis (EA) was 
carried out using Elementar Vario EL III (Heraeus). 
The carbon (C), hydrogen (H), and nitrogen (N) 
contents of the samples of interest were determined 
directly using the thermal conductivity detector, and 
the others was then obtained by difference. Raman 
spectroscopy (RS) was carried out using a Renishaw 
- Ramascope, 1000 B system. The incident laser was 
an argon-ion laser at 514.5 nm. The Raman spectra 
from 500 to 3000 cm-1 were collected.  

X-ray photoelectron spectroscopy (XPS) was 
employed to determine the number and type of 
functional groups present on the surface of the 
samples. The XPS spectra of all samples were 
obtained using a spectrophotometer (ESCA PHI 
1600). A twin anode Mg X-ray source (h = 1253.6 
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eV) was used for this analysis, at a power of 15 kV 
at 400 W. The survey scans were collected from the 
binding energy of 0 to 1100 eV with a step size of 1 
eV, in order to identify the elements present on the 
surface and in the sub-superficial zone of the 
samples. The XPS survey spectra exhibited 
prominent peaks due to carbon, nitrogen and oxygen 
only; consequently, the high-resolution XPS 
measurements were configured to include these 
three elements. The high-resolution spectra of C 1s, 
N 1s and O 1s were acquired over 280-300, 392-412 
and 525-545 eV, with a step size of 0.1 eV. For 
calibration purposes, the C 1s electron binding 
energy corresponding to graphitic carbon was set at 
284.6 eV. A nonlinear least squares curve fitting 
program (XPSPEAK software, Version 4.1) was 
used for XPS spectral deconvolution. A Shirley type 
background was chosen to be subtracted prior to 
quantification. After the baseline was subtracted, 
curve-fitting was performed using an asymmetrical 
Gaussian-Lorentzian sum function fitting program 
under an optimized peak shape. This peak-fitting 
procedure was repeated until an acceptable fit was 
obtained. It is assumed that the surface composition 
does not vary significantly along the tow of fibers, 
and that fiber heterogeneity is present but at a much 
smaller scale than the analysis area probed by the X-
ray beams. 

The surface structure of the samples were probed by 
N2 adsorption/desorption isotherms measured at -
196 oC, carried out using a Micromeritics ASAP 
2010 accelerated surface and porosimetry analysis 
system. Samples were outgassed at 350 oC overnight 
to remove adsorbed contaminants prior to the 
measurement. The specific surface area (SSA) of all 
samples was calculated using the standard Brunauer-
Emmett-Teller (BET) method on eight points of the 
adsorption isotherm between 0.05 < P/Po < 0.31. The 
total pore volume (Vt) was calculated by converting 
the amount adsorbed at a relative pressure of 0.99 to 
the volume of liquid adsorbate. Pore systems can be 
classified into three categories: macropore (> 50 nm), 
mesopore (2–50 nm) and micropore (< 2 nm) [12]. 
The micropore surface area (Smi) and micropore 
volume (Vmi) were obtained by the t-plot method. 
The pore size distribution (PSD) curves of the 
samples in the mesopore region were determined 
from the desorption branches of the isotherms using 
the Barrett-Joyner-Halenda (BJH) method [13-14]. 

ASTM standard (ASTM D3379-75) were adopted in 
this study to determine the tensile strength of the 
samples. The tests were conducted on a testing 

machine (CY-6040A4) with a cross-head speed of 1 
mm/min. The gauge length of 20 mm was chosen 
and 10 specimens for each sample were successfully 
tested. The tab shape had an overall length about 
three times the specimen gage length and a width of 
about one half the gage length. All tested single-
strand segments were representative and randomly 
taken from different yarns with care to retain the 
conformity of samples within the whole population. 

 
3 Results and Discussion  

The FESEM images of the samples are shown in Fig. 
1. The diameter of one single fiber as-received was 
approximately 6.5 m (Fig.1a) and the surface was 
smooth with small cracks (Fig.1b). The 
morphologies of CNT/ACF sample are shown in Fig. 
1c-d. It can be observed that the CNTs with a high 
density and homogeneity were grown onto the single 
fibers of ACFs. A closer examination indicated that 
the spaghetti-like and a little randomly oriented 
CNTs were covered on the surface of ACFs. The 
average diameter of CNTs was 30-60 nm. Compared 
to CNT/ACF, the morphology of nitrogen-doped 
CNTs on ACFs looked different (Fig. 1e-f), where 
nanotubes were short, coarse and entangled, and the 
average diameter of nitrogen-doped CNTs was 25-
83 nm. As shown in the FESEM images, it was 
suggested the tip-growth mechanism of CNTs and 
nitrogen-doped CNTs growth, agreed with that in 
the research of Sharma and Lakkad [15]. 

The EA was carried out to obtain the compositions 
of C, H, and N atoms in the samples. As seen from 
the data (Fig. 2), element C was the most abundant 
constituent in ACF (66.7 wt. %), CNT/ACF (68.5 wt. 
%) and CN/ACF (72.3 wt. %). Since the basal 
structure of PAN-based ACFs featured the CN 
groups, the data interpreted the N content of about 
2.0 wt. % in the as-received ACF. Once the ACF 
covered with CNTs, the N content in the samples 
would decrease slightly. While the N content 
increased almost 50 % after grafting nitrogen-doped 
CNTs onto ACF, implying the N content contributed 
from the nitrogen-doped CNTs was significant. 
Except for C, H and N, the weight percent of the 
others decreased when the nanotubes were covered, 
especially for CN/ACF. It indicated that the grafting 
nitrogen-doped CNTs could decrease the oxygen 
content.  

Fig. 3 shows the Raman spectra of the samples. The 
use of Raman spectroscopy to characterize 
composite interfaces can overcome some problems 
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about measuring directly the fiber stress or strain 
[16]. It was observed that the D (~ 1330 cm-1), the G 
(~ 1580 cm-1) and the G’ (~ 2660 cm-1) bands of the 
carbon fiber spectrum shifted towards lower 
wavenumbers when the fibers were deformed in 
tension. Within the experimental data, it was not 
observed any significant change of the positions of 
the D and G bands. Additionally, the D and G bands 
are attributed to lattice defects and perfect hexagonal 
graphite, respectively. As a result, the intensity 
ratios of ID/IG can be considered an index of the 
degree of graphitization. The data showed that the 
ratio of ID/IG decreased when the ACF were covered 
with CNTs or nitrogen-doped CNTs. Especially, the 
CNT/ACF had the lowest value of ID/IG ratio (0.82) 
and exhibited another G’ band, which was the 
typical feature of CNTs representing a high degree 
of graphitization. 

The XPS survey scan spectra of the samples are 
shown in Fig. 4, which revealed the compositions of 
the most external surface. The major peaks observed 
in the scan spectra were due to the C1s, O1s, and 
N1s photoelectrons. The surface atomic ratios (O/C 
and N/C) derived from survey scan spectra were 
compared to see the nature of three samples. The 
O/C ratios were 0.159 (ACF), 0.037 (CNT/ACF) 
and 0.021 (CN/ACF), respectively. After the ACF 
grafted with CNTs or nitrogen-doped CNTs, the 
surface oxygen contents decreased significantly 
compared to as-received ACF. While the N/C ratios 
were 0.023 (ACF), 0.012 (CNT/ACF) and 0.044 
(CN/ACF), respectively. This implies the CNTs on 
CNT/ACF were about a half coverage, and the cover 
of nitrogen-doped CNTs on ACF would enhance the 
nitrogen content on the fiber samples. These are in 
agreement with the results of the EA. 

The high-resolution XPS spectra of the C 1s region 
were conducted. Carbon atoms differ in their 
binding energies depending on whether they are 
linked to one O atom by a single bond, a double 
bond, or two oxygen atoms [17]. As with all carbons, 
the C1s signals exhibited an asymmetric tailing, 
which was partially due to the intrinsic asymmetry 
of the graphite peak or to the contribution of oxygen 
surface complexes. Deconvolution of the C1s 
spectra gives at most seven individual component 
groups that represent carbon atoms in polyaromatic 
structures (C(sp2), B.E. = 284.6 eV) and in aliphatic 
structures (C(sp3), B.E. = 285.4 eV), and carbon 
present in phenol, alcohol, ether or C = N groups 
(B.E. = 286.0 eV), carbonyl or quinine groups (B.E. 
= 287.6 eV), carboxyl, lactone or ester groups (B.E. 

= 288.8 eV), carbonate groups (B.E. = 290.6 eV), 
and shake-up satellite peaks due to -* transitions 
in aromatic rings (B.E. = 291.6 eV) [18].  

Table 1 summarizes the calculated percentages of 
graphitic and functional carbon atoms. The carboxyl 
and phenolic groups were the most predominant 
functionalities on the surface of the samples, though 
the percent of oxygen-containing groups decreased 
as the ACF grafted with CNTs. Moreover, compared 
with the pristine ACF, these multi-scale composites 
resulted in the increase of defect sites (C(sp3)) and 
-* transitions in aromatic rings. The content of the 
satellite peaks caused by -* shake-up responded 
to the change in structure. It is evident that the 
conjugated systems have become much stabilized as 
the CNTs grown on the surface of ACF. This 
implies the generation of these defect sites attributed 
to the coverage of CNTs or nitrogen-doped CNTs 
remained the stability of structure.   

The deconvolution of XPS O1s peaks gives 
additional information on the nature of the surface 
oxygen-containing groups of samples. The optimum 
curve fitting of the O1s peak for all samples, shown 
in Table 2, indicates four different O functionalities 
and the contribution of chemisorbed water can be 
identified [19-20]. The peak at 531.1 eV corresponds 
to the carbonyl oxygen atoms (OG1); the peak at 
532.3 eV to the carbonyl oxygen atoms in esters, 
amides and anhydrides as well as oxygen atoms in 
hydroxyls or ethers (OG2); the peak at 533.3 eV to 
the ether oxygen atoms in esters and anhydrides 
(OG3); and the peak at 534.2 eV to the oxygen atoms 
in the carboxyl groups (OG4). The contribution of 
chemisorbed water located at 536.1 eV (H2O) is 
found except for the CN/ACF. 

The predominant oxygen functionalities on the 
surface of the pristine ACF were carboxyl groups. 
The coverage of CNTs generated the increase in the 
percent of C=O groups significantly but decrease in 
the percent of -COOH groups. It is noteworthy that 
the ACF covered with nitrogen-doped CNTs had 
completely different behaviors of oxygen 
functionalities. To sum up, the grafting of CNTs or 
nitrogen-doped CNTs on ACF changed the 
predominant species to carbonyl groups. It is 
observed that ACF exhibited very much high 
percentage of chemisorbed water, but it decreased 
significantly when the CNTs grafted on ACF, and 
even disappeared on CN/ACF. This implies the 
chemisorbed water was highly dependent on the 
surface oxides.  
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The high resolution XPS N 1s spectra were obtained 
to identify the type and distribution of nitrogen 
functionalities by the curve-fitting procedures. 
Contrary to C 1s and O 1s spectra, the shape of N 1s 
profiles was relatively irregular. According to the 
existing literature data [21-23], the N 1s spectra 
were decomposed into at most seven identified 
components: the peak at 395.7 eV (NG1) ascribed to 
nitride-like species or aromatic N-imines; the peak at 
398.4 eV (NG2) attributed to pyridine-like structures; 
the peak at 400.1 eV (NG3) to the nitrogen atoms in 
pyrrolic or amine moieties; the peak at 401.2 eV 
(NG4) containing a contribution from quaternary or 
protonated nitrogen; the peak at 402.4 eV (NG5) to 
the nitrogen atoms in pyridine-N-oxides; the peak at 
404 eV (NG6) attributed to shake-up satellites; and 
the peak at 405 eV (NG7) ascribed to chemisorbed 
nitrogen oxides.  

For the pristine ACF, the calculated percentages of 
functional N atoms (Table 3) indicated that pyridine-
type N groups (NG2) and quaternary or protonated 
nitrogen (NG4) were the predominant functionalities. 
The percentages of the NOx-containing groups (NG5 
and NG7) decreased when the CNTs or nitrogen-
doped CNTs grown on ACF, agreed with the 
previous discussion. Since the N atoms were 
contributed from the ACF for CNT/ACF, most of 
the distributions of N-functionalities were similar to 
that on ACF. But the introduction of CNTs would 
result in the increase of pyridine-like structures (NG2) 
and the shake-up satellites (NG6). The N atoms on 
CN/ACF were contributed both from the nitrogen-
doped CNTs and ACF. Compared to CNT/ACF, the 
increase in the pyridine-like structures (NG2) and the 
nitrogen atoms in pyrrolic or amine moieties (NG3) 
but decrease in the pyridine-N-oxides (NG5) and the 
shake-up satellites (NG6) were observed in CN/ACF. 
This result indicated the nature of nitrogen-doped 
CNTs grown on ACFs. Specifically, a majority of N 
atoms were present in the six-member rings located 
at the edges of the graphene layers as pyridinic-N 
(NG2) where N is linked to sp2 carbon atoms, or in 
the interior as quarternary-N (NG4) where N is linked 
to three sp2 carbon atoms. In particular, nitrogen-
doped CNTs were characterized by the pyridine-like 
structures of six-member rings (NG2) and 
hydrophobicity due to deficiency of oxygen atoms. 

Fig. 6 shows N2 adsorption/desorption isotherms of 
the samples at -196 oC. It can be seen that the 
adsorption isotherms for ACF and CN/ACF were 
essentially type I according to the BET classification 
and the desorption branch almost superimposed on 

the adsorption branch, indicative of microporosity. It 
should be noteworthy that the isotherms of the 
CNT/ACF featured with a hysteresis loop. The 
existence of hysteresis loop clearly over P/Po > 0.45 
implied some tubes had two accessible ends [24] and 
CN/ACF could be regarded as the porous materials 
characterized by microporosity/mesoporocity 
[25].According to IUPAC classification, it can be 
recognized as Type H4, which has been obtained 
with samples having capillary space between 
parallel plates or open slit-shaped capillaries. It is 
interesting that this type of hysteresis loop 
particularly occurred on CNT/ACF but not on 
CN/ACF. A possible reason is that the defect sites 
(micropores) on the surface of nitrogen-doped CNTs 
have destroyed the integrity of the walls such that 
the structures of slit-shaped capillaries were 
overwhelmed by the microporosity contributed from 
the defect sites of N-functionalities.  

Table 4 lists the surface structure data for all 
samples. As seen from the data, compared to that of 
ACF, 69 % or 80 % of the SSA were observed on 
CNT/ACF and CN/ACF, and 76 % or 81 % of Vt 
were observed on CNT/ACF and CN/ACF. As a 
result, the CNTs or nitrogen-doped CNTs grown on 
ACF tended to slightly decrease the microporosity, 
especially for CNT/ACF. Moreover, the ratios of Smi 
/SSA were 0.72 (ACF) , 0.65 (CNT/ACF), and 0.67 
(CN/ACF), respectively. The ratios of Vmi /Vt were 
0.70 (ACF) , 0.57 (CNT/ACF), and 0.65 (CN/ACF), 
respectively. These ratios also support the previous 
discussion. It is known that the open state of the 
CNTs is an essential factor for the presence of the 
hysteresis loop. And the tip-growth mechanism of 
CNTs growth were suggested from the examination 
of FESEM images. Therefore, it is speculated that 
the ends of CNTs were closed and the hysteresis 
loop was attributed to the intertubular space. And 
also the fact that closed ends of nanotubes were 
present, the SSA and Vt decreased after coverage of 
CNTs or nitrogen-doped CNTs on ACF.   

The development of porosity after modifications 
could be recognized from the PSD curves, shown in 
Fig. 7, calculated by the BJH method. The patterns 
of PSD curves for all samples were similar, but a 
significant difference on the average pore sizes of 3-
4 nm was observed. This should be the effect due to 
the CNTs or nitrogen-doped CNTs growth, mostly 
the contribution from the intertubular spaces of the 
aggregated CNTs [26].  

The results of the tensile test on the samples were 
shown in Table 5, where the data were obtained 
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from ten replicate experiments. A yarn contained 
about 756  32 fibers from the examination of 
FESEM. The transverse fracture surfaces of each 
yarn after tensile test were randomly taken from 5 
different filaments and characterized using FESEM. 
Then the tensile strengths could be calculated. As 
seen from Table 5, the high temperature processes of 
CNTs or nitrogen-doped CNTs growth have made 
the decrease in the diameter of ACF. The transverse 
fracture surfaces were smooth and belonging to 
brittle fracture. The CN/ACF exhibited the highest 
tensile strength, 33 % higher than that of ACF. 
Though the tensile strength of CNT/ACF was a little 
lower than that of pristine ACF, the high 
temperature CNTs growth on ACF did not 
significantly destroy the strength of ACF. 

 
4 Conclusions  

The nanotubes could be successfully grown on the 
surface of ACF without significant catalysts residue 
on the surface of ACF. The examination of FESEM 
suggested the tip-growth mechanism of CNTs and 
nitrogen-doped CNTs growth. The spaghetti-like 
and a little randomly oriented CNTs were uniformly 
covered on the surface of ACF. While the 
morphology of nitrogen-doped CNTs on ACF was 
short, coarse and entangled. The N content increased 
almost 50 % after grafting nitrogen-doped CNTs 
onto ACF; moreover, the grafting nitrogen-doped 
CNTs could decrease the oxygen content for the 
composites. The degree of graphitization has 
improved and the conjugated systems have become 
much stabilized when the CNTs or nitrogen-doped 
CNTs grown on ACF, even though the existence of 
defect sites due to N-functionalities. The growth of 
CNTs or nitrogen-doped CNTs on ACF changed the 
predominant surface oxides to carbonyl groups. A 
majority of N atoms were present in the six-member 
rings located at the edges of the graphene layers as 
pyridinic-N where N is linked to sp2 carbon atoms, 
or in the interior as quarternary-N where N is linked 
to three sp2 carbon atoms. The nitrogen-doped CNTs 
on ACF were characterized by the pyridine-like 
structures of six-member rings and hydrophobicity 
due to deficiency of oxygen atoms. The defect sites 
on the surface of nitrogen-doped CNTs destroyed 
the integrity of the walls such that the structures of 
slit-shaped capillaries were overwhelmed by the 
microporosity contributed from the defect sites of N-
functionalities. As a result, for both CNT/ACF and 
CN/ACF, N atoms could enhance the -bond on 
nanotubes and hence make the nanotubes more 

stable. Moreover, grafting nitrogen-doped CNTs 
could improve the mechanical strength of 33 %. 
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Fig. 1. FESEM images of the samples. 

 

 
Fig. 2. Elemental components of the samples. 

 

 
Fig. 3. Raman spectra of the samples. 
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Fig. 4. XPS survey scan spectra of the samples. 

 

 
Fig. 5. Surface atomic ratios of the samples. 

 

 
Fig. 6. Adsorption isotherms of N2 at 77 K for the 

samples. 

 

 
Fig. 7. Pore size distributions of the samples. 

 
 
Table 1. Results of the fits of the XPS C 1s region, 

values given in at. % of total intensity 
Sample Binding energy (eV) 

284.6 285.4 286.0 287.6 288.8 290.6 291.6 

C (sp2) C (sp3) -OH C=O -COOH Carbonates *

ACF 44.4 37.9 2.7 1.8 5.0 2.4 5.8 

CNT/ACF 44.8 40.4 — 0.7 4.2 1.8 8.1 

CN/ACF 43.8 38.8 1.9 0.6 2.8 2.1 10.0

 
Table 2. Results of the fits of the XPS O 1s region, 

values given in at. % of total intensity 
Sample Binding energy (eV) 

531.1 532.3 533.3 534.2 536.1

C=O 
(OG1) 

R-O-C=O, O=C-
NH2, O=C-O-C=O, 
-OH, R-O-R (OG2) 

R-O-C=O, 
O=C-O-

C=O (OG3) 

-
COOH 
(OG4) 

H2O 

ACF 10.5 4.0 11.8 36.5 37.2 

CNT/ACF 68.6 6.5 10.6 2.3 12.0 

CN/ACF 71.3 11.7 1.5 15.5 — 
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Table 3. Results of the fits of the XPS N 1s region, 

values given in at. % of total intensity  
 
 
 

Sample 

Binding energy (eV) 
395.7 398.4 400.1 401.2 402.4 404 405 
Nitride 
-like 

species 
or 

aromatic 
N-imines 

(NG1) 

Pyridine 
-type N 
(NG2) 

Pyrrolic or 
amine 

moieties 
(or Pyrrole, 
Pyridone) 

(NG3) 

Quarter
-nary N 
(NG4) 

Pyridine
-N 

oxides 
(NG5) 

Shake 
-up 

satellites 
(NG6) 

NO2 

(NG7)

ACF 3.2 25.6 10.9 21.9 12.7 — 25.7
CNT/ACF — 31.8 6.0 21.7 7.7 10.8 22.0
CN/ACF 2.6 36.3 8.4 21.2 2.5 6.3 22.7

 
 

Table 4. Surface structure of the MWNTs 
determined from N2 adsorption/desorption isotherms 
 SSA 

(m2/g) 
Smi 

 

(m2/g) 
Vt   

(cm3/g) 
Vmi  

(cm3/g) 
Vme  

(cm3/g) 
Mean pore size 

(nm) 

ACF 886 639 0.4395 0.3076 0.0758 1.98 

CNT/ACF 607 392 0.3349 0.1896 0.103 2.21 

CN/ACF 709 478 0.3577 0.2312 0.0722 2.02 

 Smi was determined by t-plot method. 
 Vt represents the single point total pore volume at P/Po  0.99. 
 Vmi was determined by t-plot method. 
 Vme was calculated by BJH method. 
 Mean pore size was obtained by 4Vt/SSA. 

 
 

Table 5. Results of tensile tests for the samples 
Sample Max. 

loading 
(N) 

(n = 10) 

diameter 
of filament 

(m) 
(n = 5) 

Total 
cross- 

sectional 
area (mm2) 

Tensile 
strength
(MPa) 

ACF 3.0  0.4 6.6  0.2 0.02586 116.0 
CNT/ACF 2.5  0.2 6.5  0.1 0.02509 99.6 
CN/ACF 3.3  0.3 6.0  0.2 0.02138 154.3 
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1 Introduction  

 

Despite its potential, current application of 

natural fibers in thermoset composites 

manufactured through VARTM (Vacuum 

Assisted Resin Transfer Molding)  for semi-

structural / structural applications is very limited 

due to lack of market pull, lack of commercial 

availability of natural fiber mat, and large 

scatter in properties of bio-composite [1-10]. A 

proper design of non-woven hemp mat is 

required to meet the functional and the 

manufacturing requirements of a composite 

part.  

 

Fibers in the mat can be bound together by 

using either a binder (as in the case of currently 

used glass fiber mats) or needle punching. The 

latter (the focus of this study) uses a needle with 

a hook, which when driven into a mat pulls 

some fibers in the in-plane direction and 

reorients them in the thickness direction. These 

reoriented fibers along the thickness direction 

bind the fibers in the in-plane direction.  

Number of punches per unit area (i.e. punch 

density) and punch depth determine the level of 

binding, the structure and the thickness of the 

mat, which in turn influence the orientation and 

the volume fraction of fibers. The latter 

influence the tensile properties of the composite. 

 

 

 

 

It can be inferred from Table 1 that needle 

punched improved the properties of natural fiber 

mat composites than glass fiber composites. 

 
 

Fiber 

(w/w)% Tensile 

modulus 

(GPa) 

Tensile 

strength  

(MPa) 

Ref. 

Glass 26.6 3.7 68 [11] 

Glass 

(NP)1 

26.3 3.24 55.7 [11] 

Flax 20 1.5 17.2 [12] 

Flax 

(NP) 

30 7 70 [13] 

Hemp 30 2.6 32.9 [14] 

Hemp 

(NP) 

30 4.5 50 [2] 

1
NP: Needle Punched 

Table 1. Comparison between properties of 

needle punched natural fiber composites with 

that of glass fiber composites, with same 

polypropylene matrix 

 

The modulus of hemp fiber mat composites, 

reported in the literature [2-10] vary widely in 

the range of 1.4 – 9.8 GPa, without any 

correlation to the fiber volume fraction. No 

additional information on mats, that could have 

explained this difference, could be found in 

these publications. 

 

Hence, one objective of this study is to 

understand the effect of mat manufacturing 

parameters, specifically needle punch density, 

on the modulus of needle punched hemp mat 

composites. 
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While there are few published studies on 

applying micromechanical models to predict the 

modulus of natural fiber composite [15-19],  a 

large difference between the predicted and 

experimental results are observed. While 

ignoring the variation of natural fiber’s modulus 

with diameter, observed in References 8, 20, 

and 21, is one possible reason, lack of 

consideration the effect of mat manufacturing 

parameters is believed to be another reason. 

 

Hence, a second objective of this study is to 

develop a model to predict the modulus of 

needle punched hemp fiber mat composites that 

takes into account the scatter in natural fiber 

properties and the effect of mat manufacturing 

parameters. 

 

 

2  Experimental Details 

Unsaturated polyester (Stypol 8086 from Cook 

Composites and Polymers, Kansas, MO, USA) 

and Luperox 224 initiator from Sigma Aldrich 

(Oakville, Ontario, Canada) were used to 

manufacture the hemp fiber – unsaturated 

polyester composite. 1.25 % (w/w) of Luperox 

224 was used. Hemp fibers were supplied by 

Stemergy Renewable Fiber Technology. Non- 

woven mats were manufactured by air-laying of 

the fibers to form a web and needle punching it. 

Needle punch density, in the range of 2.6-150 

Punch/cm
2
, and a needle punch depth of 8 mm 

were used. The areal weight of the mats was in 

the range of 900 – 1300 g/m
2
. Composites were 

manufactured using VARTM. In order to vary 

volume fraction (Vf), panels were also cured 

under pressure (260 and 560 kPa) between the 

platens of the hydraulic press after resin 

impregnation under vacuum. The panels were 

cured under pressure, at room temperature, for 3 

hours. After removal of the pressure, the panels 

were post-cured for six days at room 

temperature before testing. Tensile properties of 

composite were measured as per ASTM D4762-

04 using INSTRON’s 5500R screw driven test 

frame.  Volume of composite, resin, and fiber 

samples were measured using AccuPyc’s 1330 

helium pycnometer as per ASTM D4892-89 and 

used with the mass of the samples determined 

using a precision balance, to determine the 

volume fraction of fibers (   ), 

   
     

     
                         (1) 

 

Figure 1. 3D image of a hemp mat using X-ray 

imaging 

 

where  ρf, ρm, ρc are densities of the fiber, resin, 

and composite respectively.  

 

Distribution in the diameter of hemp fibers was 

determined using a sample batch of 0.5 gram of 

fibers randomly chosen from the fibers obtained 

from the supplier and Nikon’s Eclipse LV100 

microscope. The cross section area of fibers was 

assumed to be circular and the diameter 

measurements were done for at the least 10 

positions along the fiber length and the average 

diameter is reported. The tensile modulus of 

these fibers using TA Instruments’ DMA Q800, 

and tension clamp as per ASTM D3822. Tests 

were run in ramp force mode at a rate of 1 

N/min to 16 N. The modulus of fibers were 

calculated from the slope of the stress -strain 

curve within a strain range < 0.5%. These two 

rest results were used to determine the 
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distribution in the modulus of the fibers in the 

hemp mat. 

 

X-ray tomography was used to determine the 

FOD of fibers in the composites. Due to the 

small difference in the densities of the polyester 

matrix and hemp fiber, imaging small diameter 

fibers was difficult. Hence, the FOD in dry mats 

subjected to same consolidation pressure as the 

composite was determined and input to the 

model.  The 3D image of the mats was non-

destructively imaged using X-Radia’s Micro  X-

ray CT and a representative image is shown in 

Fig.1. These images were subsequently 

analyzed using AVIZO’s Fire 7 software to 

obtain the FOD and diameter distribution in the 

mat.  

 

3 Model Details  

The needle punched composite was modeled as 

a laminated composite. The fiber orientation of 

a ply and the number of plies with that fiber 

orientation were determined using the 

experimentally determined Fiber Orientation 

Distribution (FOD).  

 

The laminated analogy was introduced first by  

Halpin et al.[22]. They used a quasi -isotropic 

lay-up to predict the tensile modulus of short 

glass fiber composite and compared it with 

Halpin-Tsai predictions in Ref. 23.  Later, they 

[24] improved the accuracy of predictions by 

assuming fiber orientations in 18 angles equally 

spaced between 
0
0  to 

0
90 and compared the 

predictions with experimental values reported in 

Ref. 25. Fu et al. [26] extended this approach to 

include a continuous orientation distribution 

from 
0
0  to 

0
90. They suggested a mathematical 

function for orientation distribution function and 

studied how different parameters in orientation 

distribution function can affect the modulus 

prediction. However, they did not have 

experimental orientation data to calculate the 

orientation function. This laminated analogy has 

not been applied in the past to needle punched 

mat composites. 

 

In this study, the equivalent laminate is assumed 

to be balanced and symmetric 

[              ] , and is made up of 

transversely isotropic lamina layers.  

 

The number of plies and stacking sequence were 

calculated using the FOD, determined 

experimentally. 

 

The normalized frequency of plies ( (  )) with 

orientations of       was calculated using 

 

 (   )= 
[ (   )  (   )]  

∑ (  )
                  (2) 

    

where   (  )  is the normalized frequency of 

fibers in each orientation. It also represents the 

fraction of laminate thickness with fibers 

oriented at an angle of   . The number of plies 

in each orientation can be calculated using  

 

     (  )  
 

       
                       (3) 

                                                                                                                                  

where h is the total thickness of composite 

laminate and tlamina is the thickness of a ply.  A 

value of 0.25 mm was found to satisfy all punch 

densities. The stiffness of the equivalent 

composite was calculates using 2D lamination 

theory as per 

 

    ∑      ( ̅  ) 
 
                    (4) 

                                  

where n is total number of plies and is 

calculated by dividing h by the thickness of 

each lamina.  ( ̅  )  is the stiffness matrix for 

each lamina determined using engineering 

constants of the hemp fiber lamina. The 

effective longitudinal (Ex) and transverse (Ey) 

tensile moduli of the composite were 

determined using 
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                                   (5) 

 

       
 

    
                              (6) 

 

where     
  is the inverse of the Aij matrix.  

 

The engineering constants of the unidirectional 

lamina were calculated using the well-known 

micromechanical models [27-30]. The tensile 

modulus of the hemp fibers and the polyester  

resin matrix were determined experimentally in 

this study. The remaining properties of the fiber, 

taken from the literature, are tabulated in Table 

2 along with those of the resin. 

 

Em  

(Ga) 

Gf  

(GP) 

Gm 

(GPa) 

      

1.869 6 

[31] 

1.2 

 [32] 

0.32  

 

0.24 

[31] 

 

Table 2. Elastic constants of Hemp fibers and 

Stypol 8086 resin 

 

 

4 Results and Discussion  

 

Experimentally determined longitudinal tensile 

modulus of the hemp fibers in the supplied 

fibers is plotted in Fig.2 as a function of fiber 

diameter.  The modulus increased exponentially 

with decrease in hemp fiber diameter.  

 

The distribution in the diameter of the fibers in 

the hemp mat was different from that of the as 

received fibers. Hence, the diameter distribution 

in each mat was determined using the X-ray 

image. Using this and the data in Fig. 2, the 

distribution in the modulus of hemp fibers in the 

mat was determined. A representative result for 

0-P mat is plotted in Fig. 3. It  can be inferred 

that the tensile modulus of hemp fibers in 0 -P 

varied from 2 GPa to 20 GPa.  The average 

modulus in a mat was calculated using equation 

(7). 

 

 

Figure 2. Modulus as a function of hemp fiber 

diameter 

 

Figure 3. Distribution in the tensile modulus of 

hemp fibers in 0-P hemp mat 
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Compo-site Fiber 

Volume 

Fraction 

(%) 

Tensile Modulus 

(GPa) 

  Longitudinal Transverse 

Stypol 

8086 

0 1.869(±0.09) 

0-P 11.6 

(±2.1) 

4.11 

(±0.48) 

5.23 

(±0.65) 

2.6-P 12.8 

(±1.1) 

4.9 

(±0.64) 

5.59 

(±0.61) 

7-P 13.8 

(±0.7) 

6.86 

(±0.18) 

7.02 

(±1.2) 

20-P 16.4 

(±1.9) 

6.68 

(±0.64) 

6.9 

(±0.6) 

30-P 20.8 

(±1.2) 

8.29 

(±0.18) 

9.26 

(±0.65) 

70-P 18 

(±3.0) 

4.9 

(±0.32) 

6.03 

(±0.32) 

150-P 22.9 

(±2.4) 

6.66 

(±0.076) 

7.86 

(±3.9) 

Glass -

Stypol 

32.7 

(±1.06) 

8.5 

(±1.4) 
 

Table 3. Experimentally measured Vf and modulus 

of hemp fiber mat composites manufactured at 

VARTM pressure (101 kPa) 

 

      
    

∑  
                          (7)                                                           

 

where nf  is the frequency of a certain tensile 

modulus. Efavg was used in determining the 

moduli of  the lamina.  

 

The transverse modulus was higher than 

longitudinal modulus for punch densities. The 

moduli increased with punch density due to 

increase in Vf. Despite higher Vf, the modulus of 

150-P composite is lower than that of 30-P and 

the modulus of 70-P is lower than that of 20-P 

composite. This is due to change in FOD, 

observed in Fig. 4. 

 

 

 
Figure 4. Variation of orientation factor with 

consolidation pressure used in manufacturing 

 

Since the interpretation of the FOD is difficult, 

it was used to determine a single planar 

orientation factor (fp) defined as  

 

         
 ( )            (8)                          (2.3)  

where      ( )   ∫  ( )    ( )   
 

 
 

                                            

The values of -1 and +1 for this factor 

correspond to orientation of all fibers along the 

transverse direction (=90
o
) and the longitudinal 

direction (=0
o
) respectively. A value between -

1 and 0 means more fibers are oriented at angles 

closer to 90
o
 than 0

o
. A value between 0 and +1 

means more fibers are oriented at angles closer 

to 0
o
 than 90

o
. The negative values for all punch 

densities correlate well with the higher 

transverse  modulus (than longitudinal modulus) 

observed in Table 3.   

 

The modulus is a function of both Vf and fp. 

Difference in fp is the reason for lower moduli 

of 70-P and 150-P, despite the higher Vf than 

20-P and 30-P, respectively. 

 

The effect of consolidation pressure on 

composite properties is shown in Figures 5 and 

6 for longitudinal and transverse modulus, 

respectively. 
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Figure 5. Variation of  Ex with pressure for 2.6-

P composite 

 

 

 
Figure 6. Variation of  Ey with pressure for 2.6-

P composite 

 

The Vf increased with pressure as expected. 

However, the moduli did not increase 

proportionately.  This is due to the complex 

change in the FOD with pressure, as observed in 

Fig. 4. Similar trend was observed at other 

punch densities. At a given Vf, the there is no 

correlation between the punch density and 

moduli due to difference in the FOD. 

 

The moduli, predicted usng the model presented 

in Section 3 are compared with experimental 

results in Figures 5 and 6. Th model predicted 

the  non-linear change in moduli with Vf 

correctly. The error in the predictions was less 

than 37%.  Similar results were obtained for 

other punch densities. 

 

Predictions using well known micromechanical 

models, simple rule of mixture (ROM)[24], 

inverse rule of mixture modified by Morias 

(IROM) [28], and Halpin-Tsai model [33] are 

also plotted in Figures 5 and 6. These models 

predicted a linear increase in moduli with Vf 

and did not predict the observed trend. 

 

5 Conclusion 

The modulus of needle punched hemp fiber 

composites vary significantly with punch 

density and consolidation pressure applied 

during manufacturing. This variation is due to 

change in Vf and FOD with punch density and 

pressure. An equivalent laminate, with its lay-up 

defined by experimental FOD, combined with 

lamination theory has been shown to predict the 

change in modulus with pressure correctly for 

all punch densities. 
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1 Introduction   

Over the past few decades, fiber reinforced plastics 
(FRP) have been developed as the foremost material 
for products in fields such as mechanical, electrical, 
architectural, and structural engineering. Carbon 
fiber reinforced plastic (CFRP) has especially 
attained a prominent position in use as structural 
materials for aeronautical and space engineering. 
Application in this industry requires further 
reduction in weight to satisfy the demand for higher 
fuel efficiency.  

Recently, a number of experimental and analytical 
techniques have been proposed to evaluate the 
fracture toughness for mode I[1], mode II[2], mixed 
mode[3] with several combinations of carbon fiber 
and matrix resin. Previous attempts to improve the 
interlaminar fracture toughness of CFRP laminates 
has shown various useful results. Namely, a certain 
level of toughening technique has already been 
achieved by inserting an interleaf (interlayer) 
between the CFRP Prepregs[4]. T800H/3900-2, with 
a heterogeneous interlayer consisting of fine thermo 
plastic particles, has shown high compressive 
strength after impact (CAI). Ionomer interleaved 
CFRP laminates have shown higher toughness under 
mode I[5] and II deformations[6]. 

  Furthermore, it was confirmed that Zanchor 
technique[7] has been achieved high fracture 
toughness and high fatigue property for CFRP 
laminates made by vacuum-assisted resin transfer 
molding (VaRTM). 

In recent years, carbon nanotubes and carbon 
nanofibers have received a great deal of attention in 

the aeronautcal, biological, electrical and mechanical 
sciences, and engineering fields. Since discovery of 
the carbon nanotube in the 1970s[8,9] and the 
publication in Nature[10] clarifying the structure of 
the carbon nanofibers, carbon nano tubes and carbon 
nanofibers have received a great deal of attention in 
the aeronautical, biological, electrical and 
mechanical sciences, and engineering fields. 

Due to CNF's superiority in electrical conductivity, 
MWCNT or vapor grown carbon fiber `VGCF' has 
established a strong presence in the storage battery 
field as the conductive filler. Carbon nanotubes and 
nanofibers have been applied as the toughening filler 
of the structural material for resin or metal based 
composites[11,12]. They are suitable for this 
application as they also have excellent mechanical 
properties such as elastic moduli, strength, fracture 
toughness, and flexibility compared with the 
traditional carbon fiber which are based on 
polyacrylonitrile (PAN). 

In the present study, we implemented an 
alternative way to increase the interlaminar fracture 
toughness and fatigue property of CFRP laminates 
by inserting carbon nanofibers between the CFRP 
laminates composed of woven fabric[13,14]. Carbon 
nanofiber was employed as reinforcement for the 
interlayers for mode I fracture toughness tests. CNF, 
VGCF(SHOWA Denko K.K.) and MWNT-
7(Hodogaya Chemical Co.,LTD.), were used for the 
reinforcement of the CFRP laminate. The carbon 
fiber of twill woven fabric was used as main 
composition materials in the present study. 

 

STATIC AND FATIGUE PROPERTY OF MODE I CRACK ON 
CFRP LAMINATE TOUGHENED WITH CNF INTERLAYER 

 
M. Arai1*, H. Ito1, Y. Hanamura2, J. Hirokawa2, M. Hojo3, M. Quaresimin4 

 
1Shinshu University, 4-17-1, Wakasato, Nagano-shi, Nagano 380-8553, Japan 

2Graduate School of  Shinshu University, 4-17-1, Wakasato, Nagano-shi, Nagano 380-8553, Japan 
3Kyoto University, Nishikyo-ku, Kyoto 615-8540,Japan 

4University of Padova, Stradella San Nicola 3, 36100 Vicenza, Italy 
*Corresponding Author (arai@shinshu-u.ac.jp) 

 
Keywords: CFRP Laminate, Fatigue Test, Fracture Toughness, DCB Test, Carbon Nanofiber, CNF Interlayer  

ICCM19 768



 
 
 
 
 
 
 
 
 
 
 

 

Fig.1 CFRP Specimen with pre crack and CNF interlayer. 

 
Table 1 Specification of carbon nanofiber. 

CNF Diameter 
[nm] 

Length  
[µm] 

Type 

VGCF 150 7 Multiwall 
MWNT-7 40 - 90 4 Multiwall 

 
Table 2  CFRP Spemens for DCB tests. 

 

The static and fatigue  property of mode I crack 
was investigated by double cantilever beam (DCB) 
tests. The experimental results showed that the 
interlaminar fracture toughness and fatigue crack 
growth resistance can be improved by inserting the 
CNF interlayer on the CFRP laminates fabricated by 
VaRTM process with woven fabric. 

2  CFRP Specimens 
Twill woven fabric of carbon fiber C06347B 

(TORAY) has been used for the base material of 
CFRP. Epoxy resin “DENATOOL” (Nagase 
Chemtex Corp.) has been used for the matrix, where 
XNR6809 is base resin and XNH6809 is curing 
agent . 
In order to reinforce between the woven fabric 

layer by making nanofiber/resin interlayer, MWNT-7 
(Hodogaya Chemical Co., LTD.) and VGCF (Showa 
Denko K. K.) have been introduced. In the CFRP 
specimens, carbon nanofiber interlayer was inserted 
between 10th and 11th woven fabric in the vacuum-
assisted resin transfer molding (VaRTM) process as 
shown in Fig.1(B).  The specifications, diameters 
and length, of the MWNT-7 and VGCF are shown in 
Table 1. 
  

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.2 A picture and schematic of VaRTM 
 

At first,  mixed slurry of CNF and epoxy resin was 
made using a planetary centrifugal mixer (SR500, 
THINKY USA Inc.).  The quantity of the CNF was 
controlled by area density of CNF [g/m3].  When the 
area density of CNF is X[g/m3] , the weight fraction 
of the CNF should be controlled to  wt[%] 
in the mixed slurry. After making a pair of the 
preform composed  of  10  layer  woven  fabric,  the  

Specimen CNF Type Amount of 
CNF [g/m2] 

Thickness 
[mm] 

Base Laminate - - 4.19 
MWNT7-10 MWNT-7 10 4.25 
MWNT7-20 MWNT-7 20 4.26 
MWNT7-30 MWNT-7 30 4.31 
MWNT7-40 MWNT-7 40 4.39 

VGCF-5 VGCF 5 4.15 
VGCF-10 VGCF 10 4.23 
VGCF-20 VGCF 20 4.25 

Pre crack

10 Ply

10 Ply

Pre crack

10 Ply

10 Ply

CNF Interlayer

(A) Base Laminate (CFRP)

(B) CFRP Toughened with CNF Interlayer
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Fig.3 Mode I DCB tests. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.4 An universal material testing machine, AGS-J-5kN, 
SHIMADZU Co. 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.5 An electric fatigue testing machine, Electro Pulse E3000, 
Instron Co. 

  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig.6  Load v.s. fracture toughness in MWNT-7 interlayer. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig.7  Load v.s. fracture toughness in VGCF interlayer. 
 
mixed slurry was applied on the preform and the 
preforms were stacked inserting polyimide film 
(Thickness 30µm) to make an artificial crack in the 
CFRP laminate as shown in Fig.1. 

Wrapping up the preform by sealant tape and 
bagging film, then epoxy resin is put in the preform 
with vacuum assist as shown in Fig.2. After filling 
up with resin in the woven fabric preform, resin was 
cured  by heating with an electric furnace. Primary 
curing is 2 hours by 80oC in 4 hours, and it carried 
out secondary curing is 2 hours by130 oC. 

From the CFRP laminate obtained by VaRTM 
process, a CFRP laminated beams (20mm width, 
150mm length) were cut out for the double 
cantilever beam (DCB) specimens for the fracture 
toughness tests and fatigue crack propagation tests. 
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DCB specimens in the present study are shown in 
the Table 2. 

Since the base materials of CFRP are textiles, it 
is difficult to define clearly the thickness of the CNF  
interlayer. However, it seems that the thickness of 
CNF interlayer is about 60 – 120 µm as long as it 
judges from Table 1. 

3  Experimental Procedure 
In the present study, fracture toughness tests for 
crack opening mode (Mode I) have been carried out 
(Fig.3). For static mode I test, a universal material  
testing machine AGS-J-5kN, SHIMADZU 
Co.(Fig.4) was used. The aluminum tabs were 
attached to the opening end of a DCB specimen, and 
the mode I tests were carried out by giving 
compulsive displacement to the DCB specimen 
through a pair of hinge, where the cross head rate 
was specified to 0.5mm/min.  

On the other hand, an electric fatigue testing 
machine Electro Pulse E3000, Instron Co.(Fig.5) 
was used for the fatigue crack propagation tests of 
mode I. The fatigue tests were carried out with load 
control of the frequency 5Hz where the maximum 
and minimum loads were specified to 42N and 8.4N 
(load ratio = 0.2), respectively. The fracture 
toughness of the DCB testing were evaluated by 
modified compliance calibration method[15,16]. The 
side section of the specimen was ground by the 
Emery paper and it was painted white to observe the 
crack extension. Observing the crack front by the 
digital camera (SONY α700 with close-up lens), the 
crack length was measured continuously in the DCB 
tests.  

4  Experimental Resuls 
4.1 Static mode I fracture toughness test  
Figure 7 and 8 show the relations between crack 
growth ∆a and fracture toughness GIc  in static DCB 
tests estimated by modified compliance calibration 
method. In the case of MWNT-7 (Fig.8), the fracture 
toughness of CFRP/MWNT-7  laminates  reaches 
almost twice as much as that of base CFRP laminate 
in the initial stage of crack propagation.  

As the cracks extend, the ratio GIc 
(Interlayer)/GIc(Base laminate) increases and reaches 
about 3 in the region of the crack length ∆a > 40mm. 
The area density of CNF 20g/m2 and 30g/m2 give 
relatively high fracture toughness as shown in Fig.8. 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.8  SEM image of fracture surface of MWNT/CFRP laminate 
of CNF area density 10g/m2 after static DCB test. 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 

Fig.9 SEM image of fracture surface of MWNT/CFRP laminate 
of CNF area density 30g/m2 after static DCB test. 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.10 SEM image of fracture surface of MWNT/CFRP 
laminate of CNF area density 40g/m2 after static DCB test. 

MWNT-7 10g/m2

MWNT-7 30g/m2

MWNT-7 40g/m2
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On the other hand, as shown in Fig.8, the influence 
of the VGCF interlayer is not so large in fracture 
toughness GIc like the case of COD v.s. load in Fig.4. 
It seems that the effect of VGCF interlayer is at most 
about 20% in the case of 5-10 g/m2 area density of 
CNF.  

SEM images of the fracture surfaces after static 
DCB tests are shown in Fig.8, 9 and 10 for the 
MWNT-7 interlayer case; area density 10g/m2, 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
30g/m2 and 40g/m2, respectively. Comparing Fig.8 
and Fig.9, there is no difference between the fracture 
surfaces of MWNT-7 10g/m2 and that of 30g/m2. On 
the fracture surface of  MWNT-7 40g/m2, 
condensation of some carbon nano fiber exists on 
the fracture surface. It is thought that the fracture in 
the CNF interlayer becomes in brittleness by 
condensation of a fiber. Therefore, it seems that the 
fracture toughness value fell in the case of CNF area 
density 40g/m2. 

Fig.11 Relation between increment of crack length ∆a and load cycles in the case of MWNT-7 interlayer. 

Fig. 12  Relation between crack growth rate and energy release rate rage. 
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4.2  Mode I fatigue Tests 

Mode I fatigue crack growth tests were carried 
out for CFRP laminate toughened with MWNT-7 
interlayer which gives high fracture toughness in the 
static mode I test. Figure 11 shows the relation 
between the extension of the crack length ∆a and 
cyles for the mode I crack fatigue tests. As shown in 
Fig.11, the number of cycles which results in final 
unstable fracture increased sharply using MWNT-7 
interlayer.  

In the base CFRP laminate, brittle fracture 
occurred in the experimental final stage. By about 
2x105 cycles, the base laminate was broken 
completely. On the other hand, in MWNT-7/CFRP, 
the brittle fracture was controlled by means of 
inserting the CNF interlayer and relatively slow 
crack propagation was observed until the crack reach 
80 mm in length. 

Relationship between crack propagation rate 
da/dN and the energy release rate range ∆GI is 
shown in Fig.12. Here, da/dN for all MWNT 
laminates for the region(A) with a small energy 
release rate 100< ∆GI < 300 [J/m2] and that for the 
region(B) with a large energy release rate 300< ∆GI 
< 1000 [J/m2] are considered, respectively. 

In the region (A) as shown in Fig.12,  the crack 
propagation rate of MWNT-7/CFRP decreased as 
compared with the case of base laminate. That is, 
when these results are compared by same energy 

release rate range, the crack propagation rate of 
base laminate is the highest. On the other and, as 
shown in the resion (B), the range in which the 
stable crack growth observed was expanded until the 
∆GI  reaches 1000[J/m2] in  MWNT-7/CFRP. As a 
result, it was confirmed that the characteristic of 
fatigue crack extenstion was improved introducint 
CNF interlayer. 

Although the specimens which are toughened 
with the CNF interlayer generally shows the good 
characteristic of fatigue crack propagation, it is 
confirmed that the best result can be obtained by 
CNF interlayer of 20 g/m2 for the mode I fatigue 
crack. Figures 13 and 14 show the fracture surfaces 
of the base CFRP laminate and that of MWNT-
7/CFRP laminate after mode I crack fatigue tests in 
the region (A). In the initial stage of crack 
propagation, the crack propagates in the CNF 
interlayer as shown in Fig.14.  
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig.13 SEM image of fracture surface of the base CFRP 
specimen derived by mode I fatigue test in resion (A). 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig.14  SEM image of fracture surface of the CFRP/MWNT-7 
specimen derived by mode I fatigue test in region (A). 
 
 
 
      Figures 15 and 16 show the fracture surfaces in 
the region (B). In this region, the aspect of fracture 
surface of base laminate in Fig.15 seems to be  
almost same to that of the initial stage of the crack 
propagation as shown in Fig.13. On the other hand, 
for the MWNT-7/CFRP laminate in Fig.14, the 
morphology of fracture surface changed since the  
crack path moved on the interface between woven 
fabric layer and CNF interlayer.  
   Since the fracture toughness inside of the CNF 
interlayer is larger than that between CNF interlayer 
and CF woven fabric layer, the crack tends to extend  

Base laminate
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Fig.14  SEM image of fracture surface of the CFRP/MWNT-7 
specimen derived by mode I fatigue test in region (A). 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig.15  SEM image of fracture surface of the base CFRP 
specimen derived by mode I fatigue test in resion (B). 
 
 
so that a layer with high fracture toughness may be 
avoided.  
    The fatigue crack characteristic of the specimen 
toughened with CNF interlayer is still better than 
base laminate. This is because, it has influenced that 
the interlaminar fracture toughness between the CNF 
interlayer/woven fabric is higher than the fracture 
toughness between the woven fabric in the base 
laminate, and that crack progress is controlled by 
generating of micro bridging of CNF.  

 

5  Conclusions 

In the present study, mode I fracture toughness 
and mode I fatigue crack property of CFRP woven 
fabric laminate toughened with carbon nanofiber 
interlayer (VGCF and MWNT-7) have been 
investigated.  

The static mode I fracture toughness of 
CNF/CFRP laminates reaches 2 times that of the 
base laminates at the initial stage of the crack 
propagation in the MWNT-7 case. In the domain in 
which the crack fully progressed, the fracture 
toughness reaches 3 times that of the base laminate 
although there are variations in data. From static 
mode I DCB  tests,  the  effect  of  VGCF  interlayer 
was restrictive although sufficient effect for MWNT-
7 interlayer was accepted.   

For the mode I fatigue crack tests, only MWNT-
7 interlayer was applied. By introducing MWNT-7 
interlayer, the number of cycles which a final 
fracture produces increased to 1.5 or more times 
compared with the case of base laminate. The 
fracture toughness (upper limit of the energy release 
rate range ∆GImax) in fatigue crack extension 
amounts to 1000[J/m2] in the MWNT-7/CFRP and 
300[J/m2] in the base laminate. Therefore, it was 
confirmed that fracture toughness on the fatigue test 
increases to about 3 times that of base laminate by 
introducing CNF interlayer.  
According to the kind of CNF, the difference arose 
in the result greatly as shown in the experimental 
results. Although the fracture surfaces were observed 
by SEM, the main reason about the difference of a 
result is not clarified.  

It is necessary to further examine what kind of 
fiber is effective on to the interlaminar fracture 
toughness and the fatigue crack property of CFRP 
laminates toughened with CNF interlayer. 
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1 Introduction  

The use of laminate CRFP composites to 

manufacture large structures, such as aeronautical or 

wind turbines for instance, has drastically increased 

over the past few years. The design improvement of 

such structures strongly depends on the capabilities 

to model the damage mechanisms of this kind of 

material. The multiscale nature of these materials 

leads to complex and coupled damage mechanisms 

(in-plane failure and delamination). Moreover, the 

threshold and the kinetic of some damage 

mechanisms are function of the stacking sequence 

and the thickness of the plies [1]. The aim of this 

paper is to propose a model, based on physical 

damage mechanisms, to describe the damageable 

behavior up to the final failure of laminated 

composites. 

 
2 Finite fracture mechanics based model 

The failure mechanisms are described using a 

coupled criterion (i) a stress criterion to describe the 

onset of failure and (ii) an energetic criterion to 

describe the propagation of the failure. 

 

Two kinds of mechanism are distinguished: the 

catastrophic failure mechanisms and the progressive 

transverse cracking modeling.  

 

Fibers failures (tension and compression) and the 

transverse compression failure are considered as 

catastrophic (see table 1). For each failure mode, the 

associated catastrophic behavior is described by a bi-

linear law (see figure 1) where   
   is the threshold 

of failure determined thanks to failure criterion 

   given in table 1.   
   is the critical strain at failure 

determined thanks the energetic criterion : 

 

 
  
    

         
     

   

Where L,w,t are given by the geometry of the finite 

element (see figure 1),   
    and   

    are respectively 

the toughness and the fracture surface associated to 

the failure mode. The geometry of the finite element 

being introduce in this kind formulation, already 

used in [1], the results are not a function of the mesh 

size.   

 
 
Fig. 1. Shape of the behavior associated to the catastrophic 

failure modes 
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Compression fiber failure 
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Tab. 1 Catastrophic failure modes. Xt and Xc are respectively 

the tension and compression strength in fiber direction. Yc is the 

compression failure strength in transverse direction.  

 

The progressive transverse cracking is mainly 

described by a physical damage variable  (the 

normalized crack density, i.e. the crack density 

multiplied by the thickness of the considered ply). 

The threshold of   is described by 

     
      
  

 

 

  
      
  

 

 

 

Where Yt and Sc are respectively the “in-situ” 

transverse tension strength and the shear strength 

[1].  

The kinetic is described by an energetic criterion 

based on the variation of energy between a state at  

time t (with N crack of unitary surface   
  ) and the 

state at time t+t (with N+ crack of unitary 

surface   
  ). This variation of energy must be 

greater than the energy necessary to create the 

cracks [2] 

                       
         

Introducing in this equation the variation of the 

normalized crack density, one obtained 

     
 
  

 
 

Where   
  is the toughness (function of the mode 

mixity).    is a function of   and is computed 

thanks to a multiscale approach [3]. 

 

The identification procedure is based on classical 

tension on compression tests (for the strength) and 

fracture mechanics tests (for the toughness). The 

only non-normalized test is the CT test used to 

identify the toughness in fiber direction. 

 
Preliminary results 

The comparison between the experimental results 

and the ones obtained by the model in term of the 

crack density evolution as a function of the load is 

given in figure 2. Two kinds of materials are 

investigated (Carbon/Epoxy and Glass/Epoxy). 

Different laminates ([0,90n,0] with n=1,2,4,6 and 

[0,+/-4,01/2]s with =90, 70,55) are studied. The 

results permit to show that the model permits (i) to 

reproduce the influence of the ply thickness on the 

threshold of damage and (ii) to describe in a correct 

way the evolution of the crack density as a function 

of the ply angle. 

 

In the final paper, this model will be compared o,n 

other materials and will be applied to structural 

cases (open-hole plates). 

 
(a) 

 
(b) 

Fig. 1. Comparison between experimental and numerical results 

for C/epoxy laminates [3] and G/epoxy laminates [4] 
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Abstract: Material composites are increasingly used 

in the demanding field of aeronautics. To meet this 

growing need, Coriolis Composites has developed a 

solution of automated fiber placement named AFP. 

This system uses a manipulator arm composed of six 

axes. This fiber placement task requires a 

compacting strength adapted to the material used. 

The robot must keep in contact with the mold and 

control the compacting force. A manipulator arm is 

not made to work in force, so accuracy problems 

appear. Within this framework, the industrial project 

IMPALA was born in order to improve this new 

process. This paper shows the use of hybrid 

position-force control to handle the compacting 

strength in first time and to improve the fiber 

placement accuracy. 

1 General Introduction  

Nowadays, many industries (planes, automotive, 

marine, sport, wind energy) use, or think to use, 

composite material for manufacturing their 

mechanical structures.  

Because of strong rules for emissions regulation, the 

industrials have to reduce weight of their products 

and the petrol consumption. The use of composite 

materials is advantageous thanks to their specific 

mechanical characteristics that offer weight 

reduction compared to metal structures. Also 

composite allows an optimal layout of the material.  

Among the advantages of composite one can also 

list design flexibility and ease of shaping, levity, 

resistance, good behavior in time as well as the 

absence of corrosion [1]. These advantages will also 

allow increasing cost competitiveness of 

manufactured products like wind energy machines 

compared to other energy sources. 

For these reasons, the use of composite material will 

take a significant part in manufacturing processes in 

industries during the next year (Fig.1) [2] [3].  

 
Fig.1. Global European demand (unit in ton) for 

carbon fibers 2008-2015 [3]   

However industry like car industry, doing mass 

production, uses robots to perform many tasks, and 

for a wide spreading of composite there is a need to 

robotize many of composite assembling tasks.  

Indeed, today the most part of composite assembling 

is made manually. Despites the high level of skills of 

composite worker, there is a lack of repeatability on 

large and complex structures as well as a lowering of 

productivity and rapidity compare to what could be 

the “same but robotized” process [4]. 

Also the dexterity and repeatability of a robot allows 

the deposit of fibers and not only tapes, allowing the 

placement on a more precise or complex shape.     

Consequently, research work has been carried on the 

fiber placement process to use robots [5] in order to 

have better repeatability and accessibility. 

Indeed, the innovation is needed to bring 

improvement in production efficiency and cost 

(automation will also contribute to reduce 

composites production cost). 

The company Coriolis Composites, has developed a 

solution for robotic fiber placement that will be 

presented in this paper. Since 2001, the company 

filed 12 international patents not only on the AFP 

systems (Automated Fiber Placement) but also on 

the equipments and the algorithms. This company 

made the engineering of the laying head and the 

IMPROVING ACCURACY IN ROBOTIZED FIBER PLACEMENT 
 

M. Uhart
1,2

*, O. Patrouix
1
, Y. Aoustin

2
, J. Canou

1
 

1
 ESTIA, ESTIA Recherche, Technopole Izarbel, 64210 Bidart, France 

 
2
 L’UNAM, Institut de Recherche en Communications et Cybernétique de Nantes UMR CNRS 

6597, CNRS, Université de Nantes, 1 rue de la Noë, 44321 Nantes Cedex 3, France 

* Corresponding author (m.uhart@estia.fr) 

 

Keywords: Advanced Fiber Placement, Robotics, Accuracy, Position/Force hybrid control 

ICCM19 778

mailto:m.uhart@estia.fr


software using most of industrial components. The 

robotic cell (Fig.2) is made of a KUKA KRC240 (6 

axes), a 16 meters rail (1 axis) allowing the robot to 

move, a positioning system (1 axis) allowing to 

change the orientation of workpiece and draping 

surface on a vacuum table. Thus, 8 axes have to be 

synchronized. The 16 carbon fiber coils are located 

in a creel, and they are guided to the placement tool 

using the umbilical fibers guide. So the head can 

lay-up a tape of 101.6 mm composed of 16 carbon 

fibers of 6.35 mm (¼”). According to the material 

and heating temperatures to be achieved, an infrared 

lamp or a diode laser is used to heat the wrapping 

area. 

One of the project’s aims is to improve the accuracy 

of robotized fiber placement. To do that, there are 

four objectives. Firstly, we identify the source of 

errors and understand the mechatronic system. Then, 

we find the control strategy most relevant and adjust 

the accuracy control of the laying-up. The AFP 

systems use very large compacting strength. So, we 

decide to put on the robot a force sensor to make 

fiber placement driving the force of the head on the 

mold. This is a new industrial approach that has not 

been previously studied.  

This paper describes the task of fiber placement in 

section 2 and its modeling in section 3. Section 4 

describes the sensor-based control implemented in 

section 5. Conclusion and future works are presented 

in section 6. 

 

Fig.2. Robotic cell for Fiber Placement 

2 Industrial context 

2.1 Description of the current system  

Coriolis Composites has developed two software 

programs, named CATFiber and CADFiber, to allow 

the laying-up. Software needs the CAD data of 

workpiece to create carbon plies according to the 

different orientations. Then, software can generate 

tapes definition in the chosen direction. Finally, the 

tool-path of the laying head is generated. It is a 

succession of linear movements (Fig.3).  

The process uses a compacting strength more or less 

important according to the material used which can 

go up to 1500 N. In the laying head, there is a 

pneumatic cylinder upstream of the compacting 

roller to apply the compacting strength on the 

material. This force must be normal to the surface. 

So the head orientation is constrained. The 

description of the compacting strength is in Fig.4. 

When the tool is put in place, the pneumatic cylinder 

is controlled in position to produce the force. From a 

force point of view this is an open loop control; 

there no direct link between the air pressure and 

applied force (on the roller) controls.  

 

Fig.3. Process (a) Tapes (b) Tool trajectory 

2.2 Observations 

Within this implementation, some inaccurate fibers 

placements occur, resulting an inadequate quality of 

workpiece in some sectors such as aeronautics. The 

defects can be a gap or an overlap between two tapes 

because of a different fibers placement between 

theoretical tool-path and real tool-path. Moreover, 

for certain industrial, overlap is forbidden. This can 

lead to limited speed of the layup and complex 

management of the heating unit.  

3 Proposal 

3.1 Task modeling 

The fiber placement task needs a dual command 

between force and position but also between torque 

and orientation. In first approach, the compacting 

roller is considered as not deformable and the rolling 
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without slipping. Consequently, each direction of the 

tool has to be controlled only in force or in position. 

This dual command is described in Fig.4. The x-axis 

direction must be controlled in position    (tool-

path) and in torque    (distribution of the force). 

The y-axis direction must be controlled in position 

   (tool-path) and in orientation    (head normal to 

the surface). The z-axis direction must be controlled 

in force    (compacting strength) and in orientation 

   (tool-path).  

 

Fig.4. Dual command: force Fi-axis vs position Pi-axis, 

torque Ti-axis vs orientation Oi-axis 

3.2 Robot modeling 

The classical dynamic model of a robot manipulator 

can be written in the Lagrangian form [6]: 

   ( ) ̈   (   ̇) ̇   ( ) (1) 

  is the vector of generalized coordinates.   is the 

vector of the torques of actuators.  ( )  is the 

definite positive inertia matrix.  (   ̇) is the matrix 

of the Coriolis and centrifugal effects.  ( ) is the 

vector of the gravity effects. This model is valid 

when the robot is considered without external force 

other than gravity. Including this model into the 

control scheme, the mechatronic system can be 

correctly driven by a PID controller.  

However, the compacting roller is in contact with a 

stiff surface. So there is interaction between the 

robot and the workpiece due to the compacting 

strength. Moreover, the umbilical fibers guide 

disturbs the system. Consequently, we have to add 

external effort        where   is the Jacobian matrix 

of the effector expressed in the reference frame    

called world frame: 

          ( ) ̈   (   ̇) ̇   ( ) (2) 

To change the dynamic model of the system, it 

would have access to the robot controller. To take 

into account the external forces, a sensor-based 

control has to be implemented. 

4 Sensor-based control 

4.1 Force sensor 

The compacting strength    and the torque     have 

to be controlled. So, we use an ATI 6 DOF 

force/torque sensor. This type of sensor is already 

used and tested in the frame of chirurgical 

applications [7]. This sensor is attached on the wrist 

of the robot between the laying head and the arm 

manipulator (Fig.5). It can be integrated on the robot 

through the RSI module (Robot Sensor Interface). It 

measures forces and torques applied to x-axis, y-axis 

and z-axis. To have forces and torques at contact 

point, transporting force must be computed from 

sensor frame to contact point frame.  

 

Fig.5. Force sensor 

4.2 External hybrid control 

Because we work in industrial context, the position 

control loop of the controller is inaccessible for 

warranty system issues. So we have to add an 

external loop to allow the control of forces [8]. 

Moreover, this command is already used in 

industrial applications like grinding and deburring 

[9]. This one converts the delta of force    in delta 

of position     for the inner loop through the force 

control law (Fig.6). The dual command 

(position/force) can be managed in the Cartesian 

space. In this way, the theoretical tool-path can be 

followed while applying a controlled compacting 

strength    [10] and a zero torque   . The diagonal 

selection matrix   allows choosing the directions 

controlled in force (    ) and the directions 

controlled in position (     ) as 

      (          ).  
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In Fig.6, we can see the mechanism of the external 

hybrid position-force control. First, the force-torque 

desired      is compared to the force-torque 

measured      . This delta    must be converted in 

delta of position     through the force control law. 

Simultaneously, the position-orientation desired 

     is compared to the position-orientation 

measured    This delta    is converted in     

through the position control law. Then, the delta of 

position      is composed of directions controlled 

in force, and other directions controlled in position 

thanks to the selection matrix  , and is sent to the 

RSI module. This one is added to the current 

position and is sent to the inner position control 

loop. A PID correction is implemented on the force 

control law concerning the compacting strength    
and the torque   . In this way, delta on z-direction 

and delta around x-orientation are computed 

according to the force and torque errors.  

5 Experimental 

5.1 Test environment 

5.1.1 Hardware architecture 

The robotic cell of ESTIA (Fig.7) is used for 

preliminary testing. It consists of a KUKA KR6 

robot with RSI module to allow sensors integration. 

This manipulator has the same kinematics as the 

robot KUKA KR240, only inertial and dimensional 

parameters change. A compaction roller and its 

support are added on the system. A plate is put on 

the table and the robot makes the movement on it. 

5.1.2 RSI module 

The RSI module is an intermediary system between 

the robot controller and the force sensor. In our RSI 

configuration, we choose to work with a delta of 

position-orientation of the tool as input data in the 

tool frame as application frame. Then, it adds this 

delta to the current position-orientation of the tool in 

the reference frame. Finally, it sends the Cartesian 

position of the tool in the reference frame to the 

robot controller. 

With the robot controller KRC2, the RSI module 

must receive data in a period of 12 ms, otherwise 

data is lost. This data is transmitted in XML format. 

Here is an example of communication data frame: 

<Sen Type="PCext"> 
<DeltaPos X="0" Y="0" Z="0" A="0" B="0" C="0" /> 
<IPOC>123645634563</IPOC> 
</Sen> 

With: 

─ PCext: identity of the sending machine frame  

─ DeltaPos: delta of position/orientation to apply 

in comparison to the current position/orientation 

─ IPOC: ID number of the frame 

 

 

Fig.6. External hybrid position/force control 

FCL: Force Control Law; PCL: Position Control Law; RSI: Robot Sensor Interface;

    : Forces-torques desired;      : Forces-torques measured;              ;    : Delta of position-

orientation to correct force and torque;    : allows to control   and   ;     : Position-orientation desired;  :

Current position-orientation in the reference frame;          ;    : Delta of position-orientation to correct

position and orientation;  : allows to control specific directions in position-orientation;     : Delta of position-

orientation to do;        : Position-orientation desired in Cartesian space for the control position loop;

       ;  : Vector of the torques of actuators;  : Vector of joints.
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5.1.3 Software architecture 

A client-server type communication is developed 

between elements. In this way, the client “robot” can 

communicate with the client “sensor” thanks to the 

application server via a TCP/IP communication. In 

fact, current position-orientation of the tool in the 

reference frame is sent to the RSI module by the 

robot. This one is transmitted to the server and then 

to the client “sensor”. At the same time, this client 

receives force-torque through the force sensor. 

Consequently, the desired correction can be 

computed and sent to the server, which transmits it 

to the RSI module and then executed on the robot.  

 

Fig.7. Test environment 

5.1.4 Implementation 

The development of server and clients was made in 

C# language using Visual Studio environment. 

Server has no particular interface. However, Fig.8 

shows the client interface which is composed of four 

parts. 

Force:  (surrounded in green). The area A allows 

sensor calibration and doing a bias of data to remove 

the gravity effect. The area E shows force and torque 

measurements. The area G allows choosing which 

direction is force controlled. In accordance with the 

selection matrix (Fig.6), the direction controlled in 

force cannot be controlled in position.  

RSI module: (surrounded in purple). The area B 

allows connecting to the server in order to 

communicate with the RSI module. The area H 

manages the trajectory generation by linear 

movement for RSI module. 

Robot: (surrounded in blue). The area D shows the 

joint values of robot and the area F shows the 

Cartesian values of the tool in the reference frame. 

These values are updated every 12 ms. 

Log: (surrounded in black). Every 12 ms, data are 

recorded in text file that can be opened in Matlab for 

analysis and display. Data is composed of position-

orientation of the tool in reference frame 

[x,y,z,A,B,C] and wrench measures 

[Fx,Fy,Fz,Tx,Ty,Tz].  

 

Fig.8. C# interface of client « force sensor » 

5.2  Test procedures 

We have to establish relation between tool position 

on mold and the resulting forces. To do that, tests 

are made with position control mode and hybrid 

position/force control mode in order to see the 

difference between these two control modes on 

resulting forces (Fig.9).  

 

Fig.9. Robot path 

5.2.1 Position control mode 

In this mode, to obtain the compacting strength, the 

contact point is modified and it is defined under the 

mold surface. The tool goes down on the mold until 

a -8 N contact force is reached (A→B). Then, the 

robot is controlled in position to make a movement 

of dx following x-axis (B→C). Finally, the robot is 

lifted through manual control (C→D). Observation 

of forces and torques in relation to positions and 

orientations of the tool allows establishing relation 

between tool positions on mold and resulting forces. 
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5.2.2 Hybrid position/force control mode 

In this mode, the compacting strength is controlled 

in closed loop. The procedure for the movements 

(A→B) and (C→D) does not change. However, for 

the movement (B→C), the robot is controlled in 

position following x-axis to make the displacement 

of dx millimeters and it is controlled in force 

following z-axis to have a compacting strength    of 

-8 N throughout the advance. Here, the compacting 

strength should be close to the setpoint even if the 

mold surface is slightly different.  

5.2.3 Study cases 

Experimentations have been made on four study 

cases (Fig.10): 

Case 1: The mold is placed on the table which is 

considered planed. 

Case 2: A defect is placed under the mold to disturb 

the compacting strength   . 

Case 3: A block is placed under the mold in order to 

have an inclination with an angle about 3°. This case 

illustrates the case of a ramp in the fiber placement. 

Case 4:  A defect is placed under the mold to disturb 

the force distribution and generates a torque   . 

 

Fig.10. Study cases 

5.3 Results 

Analysis of tests results allows a qualitative study of 

the added force control in the compacting direction 

in relation to the disturbances. The idea is to study 

the relation between the force control and the 

accurate fiber placement. The study is made between 

points B and C (Fig.9). 

5.3.1 Case 1 

First, the system is controlled in position as the 

actual implementation (Fig.11). When the tool 

moves along x-axis (      
     ), the tool position 

along z-axis(      )
      varies very slightly and the 

compacting strength increases very much. In fact, it 

is considered as flat but the compacting strength 

(   
    ) is equal to -8 N at the beginning and then, 

but grows up to -40 N. Moreover, force along y-axis 

appears.The measurement is negative because force 

sensor measures interaction of mold on the tool and 

not  interaction of the tool on mold.  

Secondly, the system is controlled with hybrid 

position/force control mode (Fig.11). Here, the tool 

position is corrected along z-axis (      )
      in 

order to maintain the compacting strength desired. 

The measured force along z-axis (   
    ) varies 

quickly according to the tool position. In fact, the 

tool needs to move down around 0.8 mm along z-

axis to keep the compacting strength and there are 

oscilllations around the setpoint of -8 N during the 

displacement. We can observe that the force along y-

axis has decreased. 

5.3.2 Case 2 

First, the system is controlled in position (Fig.12). 

When the tool moves along x-axis (      
     ), the 

tool position along z-axis (      )
     varies very 

slightly and the compacting strength varies very 

much according to mold deformation and its 

stifness. It is considered as flat but the compacting 

strength (   
    ) is equal to -8 N at the beginning 

then it is equal to -5 N and finally to -16 N. 

Secondly, the system is controlled with hybrid 

position/force control mode (Fig.12). Here, the tool 

position is corrected along z-axis (      )
      in 

order to maintain the compacting strength desired. 

We can see the deformation mold with the 

displacement along z-axis. 

5.3.3 Case 3 

First, the system is controlled in position (Fig.13). 

When the tool moves along x-axis (      
     ), the 

compacting strength varies very much according to 

the deformation mold and its stiffness. The 

compacting strength (   
     ) is equal to -8 N at the 

beginning and finally to -22 N with intermediate 

changes. 

Secondly, the system is controlled with hybrid 

position/force control mode (Fig.13). Here, the tool 

position is corrected along z-axis (      )
      in 

order to maintain the compacting strength desired.  

Table
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5.3.4 Case 4 

First, the system is controlled in force only for the 

compacting strength   
     (Fig.14). When the tool 

moves along x-axis (      
     ), the compacting 

strength varies very slightly around the setpoint of -8 

N. However, a torque appears around x-axis because 

of the defect. 

Secondly, the system is controlled in force for the 

compacting strength   
     and the torque   

     

(Fig.14). Here, the compacting strength is disturbed 

by the correction of the torque which varies a little 

about 0 Nm. 

 

 

 

 

 
Fig.11. Case 1 

 
Fig.12. Case 2 
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Fig.13. Case 3 

 

 

Fig.14. Case 4 

 

6 Conclusion & Future works 

To control the compacting strength in the industrial 

robotic context, we have implemented an external 

hybrid command. This helped us in understanding 

the origin of inaccuracies.  

The first results show that if the mold placement is 

not corresponding to the theoretical position used in 

CATfiber for trajectory definition, the position 

control mode is not sufficient to maintain required 

compacting forces. However, the hybrid 

position/force control has a positive impact on the 

system to improve its accuracy. In fact, the 

disturbant force along y-axis has been decreased. 

Quantitative measurements must be performed to 

validate this decrease.  

 

Today, PID settings are very specific to a given 

situation: type of compacting roller, stiffness of the 

mold and compacting strength desired. 

Consequently, the impact of the roller stiffness on 

the control of the compacting strength should be 

studied to optimize the PID settings. 

We plan to identify the model to determine its 

parameter and to complexify the force control to 

make it more efficient with better choice of 

controller gains. 

To characterize the respect of the fiber placement 

location we need a tool which shows us the 

improvement of the laying quality. To do that, the 

use of exteroceptive sensors like laser traker and 

BOM camera is considered. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Current interest in the use of laminate and sandwich 

composites in many challenging applications where 

the structural systems must withstand extreme 

dynamic loading conditions, e.g. blast, highlights the 

need for a better understanding of the response of 

composite structures in the post-elastic regime. 

When composite shells are subjected to high 

intensity transverse dynamic loadings, the response 

and final collapse of the system is controlled by the 

initiation, interaction and growth of multiple damage 

and failure mechanisms [1,2]. This process may be 

catastrophic and lead the shell to final collapse or 

favor other collapse modes. Multiple delamination 

fracture at the layer interfaces is the dominant failure 

mechanism in laminated structures, which couples 

with intra-layer matric cracking and fiber failure. 

Delamination damage evolution in laminated plate 

and shell structures loaded dynamically is 

conveniently and accurately studied using models 

based on a discrete layer approach, which represents 

the system as an assembly of layers and cohesive 

interfaces, Fig. 1. The cohesive interfaces are used to 

describe different physical mechanisms: unfailed 

elastic interfaces, perfect adhesion of the layers, 

brittle and cohesive fracture and elastic contact 

along the fracture surfaces. Plate and shell theories 

of various order and accuracy can then be used to 

define the kinematic field of each layer and rigorous 

fracture mechanics principles applied to follow 

delamination progression in the system (see [3,4] for 

works by the authors). The discrete layer approach 

overcomes the limitations of other approaches, 

which treat delamination damage using equivalent 

strength criteria and are unable to describe damage 

localization and the catastrophic growth of cracks. 

On the other hand, classical discrete layer models 

have two main drawbacks. The first is that they are 

computationally very expensive, since the number of 

unknown functions of the problem depends on the 

number n of layers used to discretize the structure: if 

the simplest First Order Shear Deformation Shell 

Theory is used to describe the response of the layers 

in a cylindrical shell structure, the unknown 2D 

displacement functions are 5  n. The second is that 

the a priori insertion of cohesive interfaces in the 

intact part of the structure may add fictitious 

compliance to the system.  

To overcome the main disadvantages of the discrete-

layer approach, while keeping its accuracy and 

effectiveness in studying processes of dynamic 

delamination fracture, a novel approach has been 

recently proposed by the authors [5]. The model 

maintains the description of the shell as an 

assemblage of sub-shells with cohesive interfaces 

and postulate a global displacement field which is 

piecewise linear in the thickness direction and 

incorporates jumps at the layer interfaces, Fig. 1. A 

homogenization technique is then applied by 

imposing a priori continuity conditions for shear and 

normal tractions at the interfaces and the constitutive 

laws of the cohesive interfaces. The number of 

unknowns of the problem in a cylindrical shell is 

reduced to 6 (from 5  n!) and becomes independent 

of the number of sub-shells. The model extends to 

shells with generally nonlinear interfaces the 

formulations originally proposed for intact shells in 

[6] and for shells with linearly elastic interfaces in 

[7]. Dynamic equilibrium equations are then derived 

using Hamilton Principle of elastokinetics.  

 

2 Model assumptions  

Consider a laminated composite cylindrical shell, 

with mean radius of curvature R  and  thickness h . 

A system of curvilinear and orthogonal coordinates 

z    (or 1 2 3x x x  ) is introduced, with the 

axis   parallel to the generator of the shell and the 
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 sub-shell k 

T 

ŵ

axis  z  normal to the reference surface and measured 

from it, Fig.1. The shell is subjected to a time 

dependent distributed load ( )tp  acting on the upper 

and lower external surfaces, S 
+
 and S 

-
. The lateral 

bounding surface, B , is generated by the normal to 

the reference surface along its boundary curve C.  

The displacement vector of an arbitrary point of the 

shell at the coordinates ( , , z  ) is 

 , ,
T

v v w u where v , v  and w  are the 

components onto the reference surface.  

The shell is modelled as an assemblage of n  sub-

shells joined by 1n   cohesive interfaces, which 

define all actual and potential delamination surfaces 

in the structure. The sub-shell k, where the index 

1,..,k n  is numbered from bottom to top, is defined 

by the coordinates kz and 1kz  , has thickness ( )k h , 

mean radius of curvature ( )k R  and unit moment of 

inertia  with respect to its central axis of inertia 

parallel to the generator, ( )k I  (the k superscript in 

brackets identifies affiliation with the sub-shell k). 

Each sub-shell is assumed to be linearly elastic, 

homogeneous and anisotropic with monoclinic 

symmetry with respect to its mid-surface; the 

principal material axes of the sub-shell do not 

necessarily coincide with the geometrical axes of the 

structure   . The mass density is uniform and 

equal to m .  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 1. Composite shell element. 

 

Normal, k

NT , and tangential, kT  and kT , cohesive 

tractions act along the surfaces of the sub-shells k 

and k+1 at the interface k, Fig. 2. They may 

represent interfacial stresses in the intact portion of 

the shell, or contact, friction and cohesive/bridging 

tractions acting along the surfaces of open interfaces 

(delaminations). The interface tractions are related to 

the interfacial relative displacements (jumps), ˆ kw , 

ˆkv  and ˆkv , by cohesive traction laws that are 

defined with different possible features representing 

the different physical mechanisms. The vector of the 

relative displacements at the interface k is defined 

as: 

 

  ( 1) ( )ˆ ˆ ˆ ˆ, , ( ) ( )
T

k k k k k k k kv v w z z 

  u u u          (1) (1) 

 
The interface laws are approximated in the model by 

piecewise linear functions of the relative 

displacements, with: 

 

ˆ    i k i k k i k

N N NT K w t    

ˆ ˆi k i k k i k k i kT K v K v t                                     (2) (2)  

ˆ ˆi k i k k i k k i kT K v K v t          

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 2. Element of sub-shell k with tangential and 

normal cohesive tractions and exemplary piecewise 

linear cohesive law for normal tractions relating the 

cohesive traction TN to the opening interfacial 

displacement ŵ . 
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the equations of an arbitrary branch i of the 

functions, Fig. 2. Describing the cohesive tractions 

as piecewise linear functions of the relative 

displacements allows to extend to shells with 

generally nonlinear cohesive interfaces the 

homogenization technique proposed by Librescu and 

Schmidt [7] for shells with purely elastic interfaces.  

An initial status, namely a branch i, is assumed for 

the interfaces at each point on the reference surface 

of the shell; the problem is solved for the assumed 

status, which is then updated through iteration as it 

is normally done in a classical discrete-layer model. 

The  evolution of the cohesive interfaces, and 

therefore damage progression, during the loading 

process can then be followed.  

The constitutive laws of the cohesive interface may 

be expressed in direct and inverse matrix forms by: 
 

ˆi k i k k i k  T Κ u t  and ˆ ( )k i k i k i k  u B T t     (3) 

 

with i k
Κ  and i k

B  the interface stiffness and 

compliance matrices,  , ,
T

i k i k i k i k

NT T T T  and  

 , ,
T

i k i k i k i k

Nt t t t . The coefficients of i k
Κ and i k

t  

may be defined as functions of the end tractions and 

displacements of the i branch. A purely elastic 

interface is described by a single branch with k t 0 , 

and the coefficients 0k B  or k Κ define 

perfectly bonded interfaces. To describe perfectly 

brittle or cohesive fracture, the coefficients of i k
Κ  

in the initial branch of the laws, where i k t 0 , are  

chosen to be very high to minimize errors due to the 

introduction of fictitious compliant surfaces in the 

body. In cohesive fracture, the initial branch of the 

unfailed interface is followed by a second branch, 

which may be hardening or softening depending on 

the cohesive/bridging mechanisms acting along the 

crack faces. 

 

3 Two length-scales displacement field and 

homogenization 

The displacement field is assumed as a two length-

scales field, given by the superposition of a global 

field (first two terms on the right hand side of the 

equations below) and local perturbation terms (last 

two terms on the right hand side): 
 

 

 

0

1 1

1 1
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1 1

1 1
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ˆ( , , )( ) ( , , )

( , , , ) , , ( , , )
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k k k k k

k k
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k k k k k
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k k

v z t v t t z

t z z H v t H

w z t w t t z

t z z H w t H

  

 

      

   

      

   

 

 

 

 

 

   

 

   

 

 

            

 

            

 

(4) 

 

where ,   . The terms on the right hand side of 

Eqs. (4) denote different contributions in the 

displacement representation: 
0v , 0v  and 

0w  are 

the displacement components of a point on the 

reference surface of the shell and   and  the 

rotations of the normal to the reference surface 

(standard first order shear deformation shell theory 

contributions, 1

zC ); z  is the deformation in the 

transverse normal direction, needed to capture, in the 

simplest way possible, the effect of transverse 

normal compressibility (this term is necessary in 

order to study delamination opening and elastic 

contact along the delamination surfaces); the third 

terms, with summations on the total number n-1 of 

interfaces and ( )k kH H z z  0, ;kz z    

1, kz z  , supply the zig-zag contributions, which 

are continuous in z but with jumps in the first 

derivatives at the interfaces ( 0

zC ) and are necessary 

to satisfy continuity on normal and shear tractions at 

the interfaces in shells with nonhomogeneous layup; 

the fourth terms, with summations on the number of 

cohesive interfaces, supply the contribution of the 

relative displacements at the cohesive interfaces.  

The transverse shear and normal strain components 

at the arbitrary coordinate z of the shell within sub-

shell k are derived from the displacement field, Eq. 

(4), through the strain-displacement relations for 

Gaussian curvilinear coordinates: 
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The unknown 2D functions ( , )k

   , ( , )k

    

and ( , )k

z    in the displacement equations (4) are 

determined as functions of the generalized 

displacements of the reference surface and the 

displacement jumps by satisfying continuity 

conditions for shear and normal tractions across the 

laminate interfaces: 

 
( ) ( 1)

( ) ( 1)

( ) ( 1)

( ) ( ),

( ) ( ),

( ) ( ).

k k k k

z z

k k k k

z z

k k k k

zz zz

z z

z z

z z

 

 

 

 

 













                               (6) 

 

The stresses in the sub-shells are defined through the 

constitutive equations, ( ) ( ) ( )k k kσ C ε , with   
 

 

 

( )

11 12 13 16

12 22 23 26
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C  

 

where  , , , , ,
T

k k k k k k k

zz z z         σ and 

 , , , , ,
T

k k k k k k k

zz z z         ε . Both engineering, 

( ) ( ) ( )k k kσ C ε , and tensorial, ( ) ( ) ( )k k k

ij ijhk hkC  , 

notations will be used in the derivation, along with 

the inverse forms, ( ) ( ) ( )k k kε Α σ and 
( ) ( ) ( )k k k

ij ijhk hkA  .  

In the derivation of the function k

z  it is assumed 

that the effect of   on zz  is negligible with 

respect to that of zz , as suggested in [7]. Then k

z  

can be derived directly from Eq. 6c and k

 , with 

,   , from Eqs. 6a and 6b.  For a shallow 

cylindrical shell, where   1 1z R   and 

0
ˆand 0v R v R      , the zig-zag functions are: 
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(7) 

 (8) 

where a summation is implied for repeated indices, 

Greek indices range 1 to 2 (or ,  ), ij  is the 

Kronecker index,   

 
 ; ( )

3 3 3 34
i j i jC A        

 1; (1) 3333
33 3333 ( 1) ( )

3333 3333

( , )
kk

k z

k k

z

C
C

C C

 

 


     (10) 

 

with ( 1) ( )k k k  A A A  and ( 1) ( )k k k  C C C  

the jumps in the elastic compliance and stiffness 

matrices at the interface k.  

Once the functions ( , )k

   , ( , )k

    and 

( , )k

z    have been derived, the relative 

displacements at each cohesive interface, ˆ kw , ˆkv  

and ˆkv  for k =1...n-1, are defined as functions of the 

transverse shear and normal strains at the interfaces, 

Eq. (5) through the cohesive traction laws, Eqs. (2), 

and the constitutive equations of the sub-shells 

surrounding the interface. In order to perform this 

derivation, an initial status (piece i of the piecewise 

linear cohesive functions) is assumed for each 

interface of the shell; the status will then be updated 

through iteration at each loading step. For a shallow 

cylindrical shell, the resulting displacement jumps 

are: 

 

0ˆ         k k k k kz
w
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(the index i which indicates the assumed branch of 

the cohesive traction laws has been removed in the 

equations above for sake of simplicity) 

  

4. Homogenized displacement field  

Equations (7) and (8) can be inserted into equation 

(4) to obtain the displacement field in a shallow 

cylindrical shell in terms of 0 0,  ,  ,v v    

0,  and zw  : 
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(9) 

 

Equations (9) highlight that the displacement field is 

fully defined by the 6 displacement variables which 

define the global part of the displacement, and are 

underlined in the text, and by parameters which 

depend on the elastic constants of the material, the 

layup and the geometry (no line) and parameters 

depending on the properties of the interfaces through 

the assumed cohesive traction laws (curved line on 

top).  

 

5. Dynamic equilibrium equations and boundary 

conditions 

The dynamic equilibrium equations and boundary 

conditions are then derived in weak form using 

Hamilton principle of elastokinetics, which states 

that: 

 
2
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1
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V S

kt

S B

i i i i m i i
S B V

dV t w t v t v dS

F v dS F v dB u u dV dt

       

   






  




   



  

     

 (10) 

 

where S  are the lower and upper surfaces of the 

shell and B  the lateral bounding surface of the 

body, 
1t  and 

2t  are two arbitrary instants of time. 

The virtual displacements 0v , 0v , 
0w ,  , 

  and z are assumed to be independent and  

arbitrary, to vanish at the times 
1t  and 

2t  and to 

satisfy compatibility conditions. The components of 

the external surface tractions acting along the 

bounding surfaces of the shell are S

iF   (top), S

iF   

(bottom) and B

iF (lateral). The second term in Eq. 

(10) defines the contribution to the elastic strain 

energy of the system due to the cohesive tractions 
k

t , which is not accounted for in the first term of 

Eq.(10).  

By substituting the homogenized displacement field, 

Eqs. (9), into the compatibility and constitutive 

equations, the strain and stress components in Eq. 

(10) are defined in terms of the global displacement 

variables. Then, by applying Green’s theorem 

wherever possible, Eq. (10) leads to the approximate 

equilibrium and boundary conditions. 

The dynamic equilibrium equations are presented 

here in terms of gross stress resultants and moments 

for the simplified case of a shallow shell or a flat 

plate, deforming in cylindrical bending, with a 

“homogeneous” layup, e.g. a unidirectionally 

reinforced laminate, and slip only cohesive 

interfaces (namely, R  , 0v =  = z = 0, 

0k

NB   or ˆ 0kw  , 0k k   A C , 1323 0C   for k 

=1,..,n). They are: 
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where the tilde on the elastic coefficients indicates 

values modified to account for negligible normal 

stresses in the z direction (due to the assumption 

z = 0) and cylindrical bending.  
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are parameters which describe the layup and the 

properties of the cohesive interfaces. The gross 

stress resultants and moments are: 
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The static boundary conditions on Cf , at 0,L  , 

where stresses are prescribed are: 
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where the resultant forces and moments are defined 

as: 
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The geometric boundary conditions on Cu, where 

displacements are prescribed, are 0 0v v  , 

0 0w w ,     and 0 0/ /w w      , where 

the tilde sign identify prescribed values.  

For a plate with perfectly bonded interfaces, namely 

when kK   at all interfaces, all terms with the 

upper curved line cancel and the dynamic 

equilibrium equations reduce to those of a 

homogeneous plate. 

 

6 Model verification  

When 0k B  or k K  for all ks, namely when 

the shell is intact and the interfaces are perfect, the 

equations of the proposed model coincide with those 

of first order zig-zag models proposed in the 

literature for intact plates and shells [6,9,13]. The 

validity and accuracy of the model to describe 

multilayered plates with complex lay-ups under such 
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assumption has been extensively investigated in the 

literature.  

Here focus is placed on the validity and accuracy of 

the description of imperfect interfaces and 

delaminations using cohesive interfaces and a first 

order homogenized displacement field. This 

verification has not been done previously in the 

literature, where only 3D solutions for intact plates 

have been used as reference solutions. The model is 

then applied to a unidirectionally reinforced plate 

with two layers, n = 2, and a single mid-surface 

cohesive interface. The plate is assumed to be in 

cylindrical bending conditions, simply supported at 

the edges at 0  and L   and subjected to a 

quasi-static distributed transverse load 

 0 sinq q L , Fig. 3. Since such load generates 

no opening displacements along the interface and the 

solution is antisymmetric about it, the transverse 

compressibility of the plate is neglected, 
z = 0, and 

the normal stiffness of the interface assumed to be 

infinite, 0k

NB  or k

NK  . 

 

 

 

 

 

 

 

 

 

Fig. 3. Plate in cylindrical bending with mid-plane 

cohesive interface. 

 

The exact 3D elasticity solution of this problem was 

obtained by Pagano [10] for intact multilayered 

plates with 0k B ; the model was extended to 

plates with linearly elastic interfaces in [11]. In the 

companion paper presented at this conference [12], 

the exact solution for a linear non proportional 

interface cohesive law is derived and used to assess 

the accuracy of the proposed model. In addition, the 

results of the proposed model are compared with a 

homogenized model based on the third order zig-zag 

theory proposed in [13] for plates with purely elastic 

interfaces. Details on the two more accurate models 

are presented in the companion paper [12]. 

Some general conclusions can be drawn from the 

comparison. Figures 4, 5 and 6 show the transverse 

shear stresses in the thickness of the plate for three 

different values of the dimensionless interfacial 

stiffness, 
22K K h C  , where 

22C  is the stiffness 

coefficient modified to account for negligible 

normal stresses in the transverse direction and 

cylindrical bending [13].  

The diagram in Fig. 4 depicts the exact 3D solution 

(extended Pagano’s theory), those in Figs 5 and 6 

the solutions of the third and first order 

homogenized models. The figures refer to a plate 

with L/h = 10, and 
3 1 20.07E E E  , 

23 2 / 21G E , 

12 0.02  ,
13 0.54   and 

32 0.02   (e.g. a 

unidirectionally reinforced carbon-epoxy laminate). 

The transverse stresses are dimensionalized with 

respect to   22 2 12 211C E    .  

As expected, both the model proposed here (first 

order) and the third order model [12]  approach the 

exact 3D solution when the interface is perfect, 
1 0B , provided L/h is sufficiently large as in the 

example (thin lines in all figures). In this limit the 

displacement fields of all models (not shown) tend 

to the First Order Shear Deformation solution of an 

intact plate. The stress fields of the third order 

homogenized model, Fig. 5, approaches the exact 

solution, Fig. 4, while the constant transverse 

stresses of the first order homogenized model 

average the parabolic exact distribution, Fig. 6. 

Transverse stresses derived a posteriori from 

equilibrium in the first order model also coincide 

with the exact solution (Fig. 6, curve with EQ).  

The other limiting solution is that of the fully 

imperfect interface,  1 0K . In this limit, when L/h 

is sufficiently large, the exact solution tends to the 

solution of two superposed shear deformable plates 

of thickness h/2, which are free to slide over each 

other. On the other hand, both the homogenized first 

order and third order models approach the limiting 

displacement fields of two superposed Kirchhoff–

Love (KL) plates, where shear deformations are 

neglected. This is a consequence of the continuity 

conditions imposed on the transverse stresses at the 

interface:  assuming  1 0K  at the interface leads to 

vanishing shear stresses in the layers (Fig. 5 and 6 

dashed lines with 0K   ). Shear stresse derived a 

posteriori from equilibrium, well reproduce the exact 

solution (Fig. 5 and 6 dashed lines with 0K  ,  

h 

L 

q () 



z 
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EQ). When the solution tends to this limit, on 

decreasing the interface stiffness, the homogenized 

models then accurately describe the response of 

plates where shear deformations are negligible (e.g. 

where L/h end/or the shear stiffness are large 

enough). Work is in progress to verify if the model 

can be used to describe plates where these 

assumptions are not satisfied by introducing 

appropriate shear factors. 

For intermediate interfacial stiffness values, 

0 K  , Figs 4, 5 and 6 show that the transverse 

shear stress distributions in the cross sections of the 

plate, as they are derived from the model, differ 

from the exact solution and the relative error with 

respect to the exact solution increases on decreasing 

the dimensionless interfacial stiffness. In particular, 

an unrealistic increase of the shear stresses is 

observed with respect to the exact solution. This can 

be explained by referring to the second boundary 

condition in Eq. (13) of the first order model (or 

analogous equations of the third order model) which 

states that the resultant of the shear stresses in the 

beam, Q , does not generally equal the resultant of 

the applied forces at the cross section, B

zN , in the 

presence of  cohesive interfaces. If the transverse 

shear stresses are determined a posteriori, using 

equilibrium considerations, the solutions of both first 

order and third order homogenized models approach 

the exact solution and it is only for the smaller 

interfacial stiffnesses that the relative error becomes 

large. 

The consequence of the unrealistic increase of the 

shear force in the plate is an increase of the 

displacements due to shear deformations in the plate.   

As for the limiting condition above, work is in 

progress to verify if the model can be improved by 

introducing appropriate shear factors. 

 

7 Conclusions  

A mechanical model is proposed to study cylindrical 

laminated shells with cohesive interfaces subjected 

to dynamic loading conditions. The model is 

formulated within the framework of the discrete-

layer approach and the shell is represented as an 

assemblage of sub-shells joined by cohesive 

interfaces. In order to reduce the number of 

unknowns of the problem, make them independent 

of the number of sub-shells used to describe the 

system and reduce the fictitious compliance 

generated by the a–priori insertion of cohesive 

interfaces, a homogenization technique is applied 

which leads to a homogenized displacement field 

described by 6 displacement unknowns. The model 

is verified using exact 3D elasticity solutions 

obtained through the extension of Pagano’s 1969 

model to multilayered plates with cohesive 

interfaces.  Some limitations of the model are 

highlighted by the comparison. Work is in progress 

to verify improvements in the solutions through the 

use of shear factors. 

Acknowledgements: work supported by U.S. Office 
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Fig. 4. Transverse shear stresses at the cross section 

at 0   of the unidirectionally reinforced plate with 

a single mid-plane elastic interface. Exact 2D 

solution on varying the interfacial tangential 

stiffness. Results for  -h/2 ≤  z ≤ 0; solution for upper 

layer is symmetric about mid-plane. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 5. Transverse shear stresses at the cross section 

at 0   of the unidirectionally reinforced plate with 

a single mid-plane elastic interface. The plate is 

subjected to a distributed applied load. Solution 

obtained through a homogenized third order model 

presented in [12]. Curves denoted by EQ show 

solutions obtained a posterior from equilibrium. 

Results presented for  -h/2 ≤  z ≤ 0. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 6. Transverse shear stresses at the cross section 

at 0   of the unidirectionally reinforced plate with 

a single mid-plane elastic interface. The plate is 

subjected to a distributed applied load. Solution 

obtained through the homogenized first order model 

proposed here. Curves denoted by EQ show 

solutions obtained a posterior from equilibrium.  

 

 

[7] Librescu, L., and Schmidt, R., (2001) A general 

theory of laminated composite shells featuring 

interlaminar bonding imperfections, Int. Journal 

of Solids and Structures, 38, 3355-3375. 

[8] Sciuva, M., (1984), A refined transverse shear 

deformation theory for multilayererd anisotropic 

plates, Atti Accademia delle Scienze di Torino, 

118, 279-295.  

[9] He, L.K., (1994), A linear theory of laminated 

shells accounting for  continuity of 

displacements and transverse shear stresses at 

layer interfaces, Int. Journal of Solids and 

Structures, 31, 613-627. 

[10] Pagano, N. J., (1969), Exact solutions for 

composite laminates in cylindrical bending, 

Journal of Composite Materials, 3, 398-411. 

[11]  Williams, T. O., and Addessio, F. L., (1997), A 

general theory for laminated plates with 

delaminations, Int. Journal of Solids and 

Structures, 34, 2003-2024. 

[12] Campi, F., and Massabò, R., (2013), A 

mechanical model for laminated shells with 

cohesive interfaces: verification and 

K 

0.03K 

0K 

0

z

q



z

h

-0,5

-0,4

-0,3

-0,2

-0,1

0

-8-7-6-5-4-3-2-10 0

z

q



z

h

0.03,K EQ   

0.03K 

0,K EQ   

K 

-0,5

-0,4

-0,3

-0,2

-0,1

0

-12-10-8-6-4-20

K 

0.03K 

0

z

q



z

h

0,K EQ   

0.03,K EQ   

,K EQ   

ICCM19 795



applications, proceedings ICCM19, Montreal, 

July 2013.  

[13] Cheng, Z. Q., Jemah, A. K., and Williams, F. 

W., (1996), Theory for multilayered anisotropic 

plates with weakened interfaces, Journal of 

Applied Mechanics, 63, 1019-1026. 

 

 

ICCM19 796



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Interface in Fiber Reinforced Plastics (FRP) is 
generally 2-dimentional boundary between fiber and 
matrix resin. The concept have been known that 
interface between fiber and matrix of FRP is 
regarded as “Interphase” which is 3 dimensional 
region having thickness and own mechanical 
property. Therefore, the mechanical properties of the 
composite can be positively controlled by the 
mechanical property of the interphase. For this 
purpose, interphase needs to be thick and gradient to 
utilize the performance of mechanical property of 
interphase. According to the concept, improvements 
of mechanical properties of FRP were succeed by 
giving interphase different property from matrix 
resin [1,2]. This interphase was called functional 
interphase.  
Flexible interphase is one of the functional 
interphase. In this case, flexible resin was attached 
with thick and gradient phase around reinforcement 
fiber. Improvements of interfacial shear strength, 
tensile strength, and interlaminar fracture toughness 
of FRP were achieved by giving interphase different 
property especially more “flexible” properties than 
matrix resin. [3] 
In this study, the effect of “flexible” interphase on 
static and dynamic characteristic of Carbon Fiber 
Reinforced Plastic (CFRP) was examined by static 
tensile test, repeated tensile test, high cycle tensile 
fatigue test, drop weight impact test. 

2 Fabrication of specimen with flexible 
interphase 

Carbon cloth (HONLU TECHNOLOGY Co.LTD. ) 
and epoxy resin (jER 828, Mitsubishi Chemical 
Corporation) with hardner (jER cure W, Mitsubishi 
Chemical Corporation) were used as reinforcements 
and matrix resin. Two different kinds of “flexible” 
epoxy resin (PB3600, and AT501, Daicel 

corporation) were used for creation of flexible 
interphase. Here, flexible properties are defined as 
lower elastic modulus and higher breaking 
elongation than matrix resin. Mechanical properties 
of matrix resin and flexible resin are shown in Table 
1. Tensile modulus and elastic elongation of matrix 
resin was 3.68GPa and 5.00%. Comparing matrix 
resin and flexible resin, elastic modulus of PB3600 
was 2.40GPa which is lower than matrix resin, 
breaking elongation of PB3600 was 9.14% which is 
higher than matrix resin.  Elastic modulus of AT501 
was 0.49GPa which is lower than PB3600 and 
breaking elongation of AT501 was 88.3% which is 
higher than PB3600. 
The flexible interphase was created by soaking 
carbon clothes in a solution of flexible resin and 
solvent for 10 seconds (flexible resin: solvent = X: 
(100 – X)). Acetone and ethyl acetate were used as 
solvent for flexible resin PB3600 and AT501 
respectively. Treatment concentration is able to be 
modified by changing X. Then, the carbon clothes 
were dried at 80 degrees Celsius for 1 hour. Weight 
increasing rate of carbon cloth by flexible treatment 
as a function of the treated concentration is shown in 
Fig.1. Increasing rate increased with an increase in 
treated concentration in a proportional manner. 
Certain number of carbon clothes with flexible 
treatment were stacked on, and the matrix resin was 
impregnated by hand lay-up method. Then it was 
cured at 100 degrees Celsius for 2 hours and 175 
degrees Celsius for 4 hours. 
Table.1 Mechanical properties of matrix resin and 
flexible resin 

 

Resin 
Elastic 

modulus 
(GPa) 

Tensile 
strength 
(MPa) 

Breaking 
elongation 

(%) 
TG (�) 

PB3600  
(Flexible resin) 2.40  31.7 9.14 120 

jER828  
(Matrix resin) 3.68  74.0 5.00 160 

AT501 
(Flexible resin) 0.49 2.63 88.3 

EFFECT OF FLEXIBLE INTERPHASE ON 
DYNAMIC CAHRASTERISTICS OF CFRP 
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Fig.1 Relationship between weight increasing rate 
by flexible treatment and treatment concentration 

3 Specimen preparation and experimental  

3.1 Static tensile test 

Tensile test specimens were 2ply woven composites. 
Specimen was cut into 20mm in width and 200mm 
in length. Longitudinal direction of the specimen 
was corresponding to warp direction of woven fabric. 
Thickness of static tensile specimen was about 
0.4mm. Treatment concentration was 1, 2, 3, 4, 5, 
7wt% by PB3600 and 1, 2, 3, 4wt% by AT501. For 
comparison, two kinds of 0wt% specimens were 
prepared. One is non treated and the other is 
prepared by soaking carbon clothes in only acetone 
without flexible resin. Static tensile test was carried 
out by using TENSILON universal testing machine 
(RTC-1350A; ORIENTEC Co.,LTD.) . The testing 
speed was 1mm/min, and span length was 100mm. 
 

3.2 Repeated tensile test 

Repeated tensile test specimens were 12ply woven 
composites. Specimen was cut into 20mm in width 
and 200mm in length. Longitudinal direction of the 
specimen was corresponding to warp direction of 
woven fabric. Thickness of repeated tensile 
specimen was about 2.5mm. Treatment 
concentration was non treated and 5, 7wt% for 
PB3600 3wt% for AT501. Repeated tensile test was 
carried out by using TENSILON universal testing 
machine (RTC-1350A; ORIENTEC Co.,LTD.) . 
Span length was 100mm, and number of loading 
cycle was 100 cycles with testing speed of 1mm/min. 
Maximum cyclic load was 70% of maximum load 
that was obtained from static tensile test. Edge face 
of specimen was polished before the test, and in-situ 

observation was carried out by using replica method 
to observe onset and progress of micro fractures 
under tensile loading. 
 

3.3 High cycle tensile fatigue test 

High cycle tensile fatigue test specimens were 6ply 
woven composites. Specimens were cut into 25mm 
in width and 200mm in length. Longitudinal 
direction of the specimen was corresponding to warp 
direction of woven fabric. Thickness of high cycle 
fatigue tensile specimen was about 1.2mm. 
Treatment concentration was non treated, 5wt% for 
PB3600 which shows highest value in static tensile 
test, and 10wt% which treatment concentration is 
double 5wt%. High cycle tensile fatigue test was 
carried out by using hydraulic servo testing machine 
(EHF-EV100K1-010-0A ; SIMADZU Corporation) . 
Testing speed was 10Hz, and span length was 
100mm.  Initial repeated testing stress was 
determined by JIS K 7083. 
 

3.4 Drop weight impact test 

Drop weight impact test specimens were 12ply 
woven composites. Specimens were cut into a 
square 100mm on a side. Thickness of drop weight 
impact specimen was about 2.5mm. Treatment 
concentration was non treated, 5wt% for PB3600 
and 4wt% for AT501. Drop weight impact test was 
carried out by using impact testing machine ( Instron 
Dynatup 9250HV ; Instron JAPAN Co.,LTD.) . A 
specimen was fixed by plate having 76mm hole in 
diameter and load was applied by hemispherical 
indenter with 12.7mm in radius. Applied energy was 
40J. 

4 Result and discussion 

4.1 Static tensile test 

Relationship between stress and strain for PB3600 is 
shown in Fig.2. Relationship between strength and 
treatment concentration is shown in Fig.3 . For 
PB3600, tensile strength of all treatment 
concentration is higher than non treated. Tensile 
strength increased with increase in treatment 
concentration up to 5wt%, and it decreased over 
5wt%. For AT501, tensile strength increased when 
treated concentration is 1wt% comparing to non 
treated. Tensile strength showed constant value over 
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1wt%. From those results, it was clarified that there 
is an optimum value for treated concentration. 
 

 
Fig.2 Relationship between stress and strain 
(PB3600) 
 

 
Fig.3 Relationship between strength and treatment 
concentration 
 

4.2 Repeated tensile test 

The result of cross-sectional observation by replica 
method is shown in Fig.4. These pictures were 
typical observation results of non treated (at 20, 80, 
100 cycles) and 7wt% (at 30, 70, 100 cycles) 
specimens. From these results, transverse cracks in 
90 degree fiber bundles, delamination around 90 
fiber bundles, and filament fracture in a 0 fiber 
bundles were observed in both specimens.  
The relationship between length of transverse crack 
in 90 fiber bundles, length of delamination around 
90 fiber bundles, number of filament fracture in 0 

fiber bundle, and number of loading cycle are shown 
in Fig.5, Fig.6 and Fig.7. From these results, length 
of transverse crack, length of delamination, and 
number of filament fracture for flexible treated 
specimens were less than non treated one. 
Comparing 5wt% and 7wt% of treated concentration, 
5wt% and 7wt% showed similar tendency but was 
less than that of 5wt%. In the case of 3wt% of 
AT501, each value showed almost the same as 5wt% 
of PB3600.  
From these results, a schematic depiction of micro 
fracture progression shows in Fig.8. Each initial 
fracture was transverse crack in 90 fiber bundles. In 
the case of non treated specimen, transverse cracks 
generated and propagate through 90 fiber bundles in 
relatively lower loading cycle. As number of loading 
cycle increased, these transverse cracks progressed 
into interface around 90 fiber bundles. On the other 
hand, in the case of flexible treated specimen, 
shorter transverse cracks in 90 fiber bundles 
occurred. Then number of transverse cracks 
increased with increase in number of loading cycle. 
After that, some of transverse cracks progressed 
through 90 fiber bundles, and into interface around 
90 fiber bundles. From these results, it was clarified 
that fracture mechanism was changed by flexible 
treatment. Progression of transverse cracks, 
delamination around 90 fiber bundles, filament 
fracture in a 0 fiber bundles were restrained by 
flexible interphase. 
 

  
Fig.4 Observation result by replica method 
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Fig.5 Relationship between length of transverse 
cracks in 90 fiber bundles and number of loading 
cycle 

 
Fig.6 Relationship between length of delamination 
around 90 fiber bundles and number of loading cycle 

 
Fig.7 Relationship between number of filament 
fracture in 0 fiber bundle and number of loading 
cycle 

 
 

 
Fig.8 Schematic depiction of micro fracture 
progression 

 

4.3 High cycle tensile fatigue test 

Relationship between maximum applied stress and 
number of cycles in high cycle tensile fatigue test is 
shown in Fig.9. Number of cycles of flexible treated 
specimen is higher than non treated specimen at the 
same maximum applied stress. Comparing flexible 
treated specimen, number of cycles of 10wt% is 
higher than 5wt% at the same maximum applied 
stress. 
Cross section of specimen after high cycle tensile 
fatigue test at 510MPa for each specimens are 
shown in Fig.10. Transverse crack and delamination 
were seen in non treated specimen. Progression of 
transverse crack to delamination is also seen in non 
treated specimen. There aren’t many micro fractures 
like non treated in 5wt%. Transverse crack and 
delamination were seen in 10wt% like non treated 
specimen. But delamination was less than non 
treated specimen.  
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Observation picture by scanning electron 
microscope for each specimens are shown in Fig.11. 
Comparing non treated specimen and flexible treated 
specimen, length of fiber pull-out for flexible treated 
specimen is less than non treated specimen. From 
cross section after high cycle tensile fatigue tensile 
test and observation picture by SEM, schematic 
depiction of micro fracture was made and shown in 
Fig.12. Many delaminations are seen in non treated 

specimen. Length of fiber pull-out of non treated 
specimen is longer than flexible treated specimen. 
For flexible treated specimen, delamination was 
restrained by flexible interphase and length of fiber 
pull-out is less than non treated specimen. From 
those results, micro fracture was restrained by 
flexible interphase and flexible interphase is 
effective for long term durability. 

 
Fig.9 Relationship between maximum applied stress and number of cycles 

 

 
Non treated 

 

 
a. 5wt% 

 

 
b. 10wt% 

 
Fig.10 Cross section of specimen after high cycle tensile fatigue test at 510MPa
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a. Non treated 
 

 
 

b. 5wt% 
 

 
 

c.10wt% 
 
Fig.11 Observation picture by scanning electron 
microscope 
 

 
 

a. Non treated 
 

 
 

b. 5wt% 
 

  
 

c. 10wt% 
 
Fig.12 Schematic depiction of micro fracture 

4.4 Drop weight impact test 

Load and deflection for non treated is shown in 
Fig.13. 1st peak is the point which load starts to 
decrease. Max load is the point which load is at peak. 
Load and deflection for PB3600 and AT501 is 
shown in Fig.14 and Fig.15. Energy that calculated 
by Fig.13, 14, 15 is shown in Table 2. Energy  to 1st 
peak is absorbed energy during elastic deformation 
of composites. Energy after 1st peak is absorption 
energy to break composites. From Table 1, max load 
increased about 20% for PB3600, 5% for AT501 
compared with non treated. Total energy increased 
about 40% for PB3600, 15% for AT501. Cross 
section of specimen after drop weight impact test is 
shown in Fig.16. Fracture of fiber bundle, transverse 
crack and delamination were seen in non treated and 
AT501 specimen. Transverse crack and 
delamination were seen in PB3600. Relationship 
between length of fracture of fiber bundle, length of 
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delamination, length of transverse crack and 
treatment concentration are shown in Fig.17. There 
is little difference between length of fracture of fiber 
bundle and treatment concentration.  Length of 
delamination increased with increase in treatment 
concentration. There is little difference length of 
transverse crack. Relationship between energy after 
1st peak, total energy and length of delamination are 
shown in Fig.18. From result of cross section of 
specimen after impact test and relationship between 
delamination and treatment concentration, length of 
delamination increased with increase in treatment 
concentration, as a result absorption energy 
increased. 
 

 
 
Fig.13 Relationship between load and deflection  
(non treated) 

 
 
Fig.14 Relationship between load and deflection  
(PB3600) 
 

 
 
Fig.15 Relationship between load and deflection  
(AT501) 
 

 

 
 

Table.2 Result of drop weight impact test 
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AT501_4wt% 1.95  19.62  21.6  2.24  

ICCM19 803



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
a. Non treated 

 
 
 

 
b. AT501 

 
 
 

 
 

c. PB3600 
 
 

Fig.16 Cross section of specimen after drop weight impact test
 

 
a. Relationship between length of fracture of fiber 

bundle and treatment concentration 
 
 

 

 
 
b. Relationship between length of delamination 

and treatment concentration 
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c. Relationship between length of transversecrack 

and treatment concentration 
 
Fig.17 Relationship between each length of micro 
fracture and treatment concentration 
 

 
 
a. Relationship between energy after 1st peak and 

length of delamination 
 

 
b. Relationship between total energy and length of 

delamination 
 
Fig.18 Relationship between each energy and length 
of delamination 

 

 

5 Conclusion 

In this study, CFRP with flexible interphase were 
made by using flexible resin which has lower elastic 
modulus and higher breaking elongation than matrix 
resin. The effect of flexible interphase on dynamic 
characteristic of CFRP was examined by static 
tensile test, drop weight impact test, repeated tensile 
test, high cycle tensile fatigue test. In static tensile 
test, flexible treated specimen with PB3600 and 
AT501 improved static tensile strength. PB3600 is 
more effective than AT501. In repeated tensile test, 
progression of transverse cracks, delamination 
around 90 fiber bundles, filament fracture in a 0 
fiber bundles were restrained by flexible interphase. 
From result of repeated tensile test, it was clarified 
that fracture mechanism was changed by flexible 
treatment. In high cycle tensile fatigue test, micro 
fracture was restrained by flexible interphase and it 
was considered that flexible interphase is effective 
for long term durability. In drop weight impact test, 
max flexible treated specimen increased max load 
and total energy. From result of drop weight impact 
test, length of delamination increased with increase 
in treatment concentration, as a result absorption 
energy increased. It was clarified that static and 
dynamic characteristics of CFRP improved by 
flexible interphase. 
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1 General Introduction  

Natural rubber(NR) was originally derived from 
latex which has molecular weight in the range of 
1 00,000  to 1,000,000. Its properties is normally 
very stretchy, flexible and extremely waterproof. 
After vulcanization NR can be used in widen 
temperature window and can be used in various 
application. In term of mechanical properties, many 
types of reinforcements are still needed to improve 
the properties. 

There are many reinforcing materials for NR such as 
carbon black, silica, fly ash, calcium carbonate, clay 
and etc. Carbon black and silica are the most popular 
fillers in natural rubber composites. Precipitated 
silica(PSi) is generally used as reinforcing filler for 
light color rubber products and can improve the 
abrasion resistance of the NR vulcanizates. 
Nonetheless the use of silica causes many problems 
such as agglomeration and poor distribution in 
rubber matrix because of their high polar silanol 
groups on the surface. When silica is added into 
rubber at high concentration, it tends to form “filler-
filler interaction”. This would cause an increase in 
compound viscosity and gives rise to flow difficulty 
during processing. The chemical treatment of silica 
surface has become the most successful method to 
increase rubber–filler interaction and reduce filler–
filler interaction [1]. There's also the idea of using 
in-situ formed silica in rubber latex to overcome the 
poor distribution [2-3] 

As Thailand is a country in Southeast Asia where 
grow a large amount of rice and rice hull is a big 
bunch of agricultural waste. After burning rice hull 
to obtain energy for electric industry, rice hull ash is 
also a large amount of waste. Rice hull ash (RHA) 
was found to contain over 60% silica and can be 
used as an economically valuable raw material for 
the production of silicates and silica [3]. Our 
previous work [4-5] was trying to enhance the 
distribution of silica in NR matrix by using the silica 
that gelled in-situ from sodium silicates solution in 
the same reactor with the coagulation of NR latex. 
Where in-situ Silica gel(Si-gel) [1-2] is type of silica 
that gelled meanwhile NR latex is coagulating. The 

rubber will be named Si-gel/NR. The distribution of 
silica in NR matrix was enhanced. The problem of 
Si-gel was the high surface area lead to retardation 
of vulcanization reaction. The main problem of 
silica in this process was the high surface area lead 
to retardation of vulcanization reaction. 

It was found that glycols were able to be used as an 
activator in vulcanization reaction. The glycol was 
found to form a buffer layer on the surface of silica 
where benefit to reduce the silica−zinc interaction 
and thus enhance the vulcanization reaction [6-7]. 

Polyethylene glycol (PEG) is a polyether which their 
molecular mass could be below 20,000 g/mol. PEG 
is the most being used for an activator in 
vulcanization reaction because of its low volatility. 
In general, PEG affects compound properties 
through the crosslink modification, filler network 
formation and filler agglomeration [6-7].  

Crosslink density can investigate by different torque, 
swelling measurement and glass transition 
temperature (Tg) [8-11]. Tg of rubber vulcanizates 
was obtained from DMA.The increasing of crosslink 
density is shown high interaction between natural 
rubber and filler by the increased of Tg. 

In this research, we aimed to study the effect of PEG 
with various molecular weights on cure 
characteristic, mechanical properties and 
morphology. Thermal stability of Si-gel/NR 
composite with addition of PEG will also be 
investigated. The dispersion of Si-gel in rubber was 
also aimed to be enhanced. The interaction between 
NR molecule and silica particles in Si-Gel/NR+PEG 
and 15PSi/NR+PEG by using DMA is also 
introduced. 

2 Methodology  

The research is divided into 2 parts. In the first part, 
PEG with variation of its molecular weight was 
studied. The effect of PEG on cure characteristic, 
mechanical properties of Si-Gel/NR is revealed. The 
dispersion of Si-gel in the rubber is also examined. 

INVESTIGATION OF SI-GEL-NR INTERACTION IN SI-GEL/NR 
VULCANIZATE AND THE EFFECT OF PEG ON THE RUBBER 

VULCANIZATED 
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The second part of the research is concentrated on 
using PEG200 compared with PEG1000 added into 
Si-gel/NR compound. The cure characteristic of the 
compounds, mechanical properties and thermal 
stability will be investigated. The methodology is as 
followed. 

2.1 Chemical 

Rubber and curative: Natural rubber latex 
(60%DRC) was purchased from Resin arts, 
Bangkok, Thailand. The curative additives were 
kindly supplied by Reliance Technochem Co., Ltd., 
Bangkok, Thailand. 

Reinforcing Filler: Precipitated silica (PSi) 
named of ULTRASIL® was purchased from Evonik 
Wellink Silica (Nanping) Fujian, China. 

Stabilization Chemical: Igepal CO-890 was 
purchased from SIGMA-ALDRICH, Inc., 
Steinheim, Germany. 

PEG: PEG was purchased from Merck 
Schuchardt OHG, Hohenbrunn, Germany.  

2.2 Preparation of Rubber filled Silica 

1000 g of NR latex (60 % DRC) was diluted to 30 % 
DRC before stabilized with 3 % w/v Igepal. The 
stabilized NR latex was then gently stirred with 
mechanical stirrer for 24 hour. Sodium silicate 
solution was prepared by extraction 10 grams rice 
hull ash in 300 ml of 1 M NaOH for 12 hours. 
Silicate solution was then mixed with stabilized 30 
% DRC NR latex to obtain 15 phr of Si-gel with 
respect to dried rubber. After that the pH of the 
mixture was adjusted to 7 by using 5%v/v H2SO4. 
The mixture was then precipitated with methanol. 
Precipitated NR was filtered and washed with water 
for several times until free from H2SO4, and then the 
rubber was dried in an oven at 60°C until its weight 
was constant. The rubber will be named Si-gel/NR. 
The TGA analysis indicated that the silica content 
was found to be 15 phr with respect to dried NR. 

2.3 Rubber compounding and Vulcanization of 
Rubber Compounds 

The dried NR sheet with in-situ Si-gel or PSi 
was masticated on a two roll mill (CHAREON TUT, 
Samutprakarn, Thailand) until the banding is formed 
on the roll, then the following additives was added 
stepwise: 2 phr of PEG (MW 200, 300 and 400 will 
be used in the first part, and MW 1000 will be used 
in the second part of the experiment), 5 phr of ZnO, 
3 phr of stearic acid, 0.5 phr of MBT, 0.2 phr of 
DPG and finally 3 phr of sulphur. 

The compound was then mixed thoroughly on the 
two roll. Cure characteristic properties were 
investigated using Moving Die Rheometor (MDR, 
Model GT-M2000, GOTECH Testing Machine, 
Ind., Taiwan) at 160 °C resulting scorch and cure 
times, minimum and maximum torques,. The 
compounds were subsequently compressed in a 
compression molding machine (CHAREON TUT, 
Samutprakarn, Thailand) to a 90 % cure, with the 
hydraulic pressure of 1000 PSi, at 160 °C, with cure 
time obtained from MDR stated earlier.  

2.4 Testing of Rubber Vulcanizates 
Tensile properties of the vulcanized rubber 
composites were monitored in terms of tensile 
modulus, tensile strength and elongation at break, 
according to ASTM D412-98a using dumbbell-
shaped samples. Tear strength was also evaluated 
according to ASTM D624-00. These tests were 
carried out using the universal testing machine 
(Instron, model 5969, Instron Engineering 
Corporation, USA) with the testing speed of 500 
mm/min.  

The morphology of the vulcanizates was also 
revealed using scanning electron microscope 
(CamScan MX2000, UK). Swelling of the 
vulcanizates was carried out in Toluene, at ambient 
temperature, and calculated using equation 1, where 
w1 and w2 is sample weight before and after 
immersion into Toluene.  

 
                     equation 1 

Dynamic Mechanical Analysis (DMA) in tension 
mode was carried out at a frequency of 1 Hz and 
dynamic and static stress of 0.1% and 1.0% 
respectively. A heating rate, 2 oC/min was used. Tg 
value is taken as the point of deflection of the 
tanδ curve from the base line.  

3. Result and Discussion 

Part I 
Effect of Molecular weight of PEG on rubber 
vulcanized 

3.1 Cure Characteristic and Physical Properties 
The cure characteristic parameters of 15Si-
gel/NR+PEG compound comparing with 15PSi/NR+ 
PEG compound obtained from MDR are presented 
in Table 1 and were plotted into Figures 1-3. As can 
be seen, scorch time and cure time, in Figure 1, 
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were decreased with the addition of PEG. This is 
explained by the fact that the hydrogen bonding 
occurs between –OH of HO-(CH2CH2O)n-H and 
silanol groups on the silica surface. This results in 
the formation of a buffer layer, as illustrated in 
Figure 4. This buffer layer can reduce the 
silica−zinc interaction and subsequently lead to 
activation of vulcanization reaction. The density of 
the crosslink in rubber vulcanizates is then 
increased. The phenomenon is also responsible for 
the increased in different torque which is showed in 
Figure 3.  

          
Figure 1 Scorch time (ts) and cure time (tc) of NR 
compounds 

 

 
Figure 2 Minimum (ML) torque and maximum 
(MH) torque of NR compounds.  

 
Figure 3 The different torque of 15PSi/NR+PEG and 
15Si-gel/NR+PEG during testing in MDR. 

It was explained elsewhere that the present of Si-gel 
clusters in 15Si-gel/NR caused the increased in 

scorch time and cure time because the porosity of Si-
gel was higher than PSi [4,5] and this could absorb 
accelerator even more amount on its surface than 
PSi. After the addition of PEG, the absorption of the 
glycol would act as the buffer layer and then the 
decreased of scorch time and cure time were found. 
However, in both fillers systems, the molecular 
weight of PEG was found to be un-effect on both 
characteristic times. This could be because of their 
molecular weights are not much different or their 
polarities are not much different.  

 
Figure 4 SEM micrograph of Si-gel added with 
PEG where the buffer layer on silica surface is 
shown. 

It was also found that minimum and maximum 
torques obtained from MDR were increased with the 
PEG, Figure 2. Cosidering different torques, in 
Figure 3, it was also showed that the different 
torques are also increased with the PEG. Generally, 
the different torques obtained by MDR can be a 
guide line for crosslink density in the rubber 
vulcanizates. In our case, it can also be 
comprehended that crooslink density of the 
vulcanizates with PEG in both filler systems was 
increased with the addition of PEG. Also the various 
molecular weight of PEG added was found to be 
uneffect on the crosslink density. 

3.2 Mechanical Properties of Vulcanizates 

As crosslink density of the vulcanizates was 
increased by the addition of PEG and this resulted in 
the increased of secant modulus, at 100 and 200 
percentage of strain, of the rubber vulcanizate as 
shown in Figure 5. Crosslink density is also 
responsible for the tensile strength and tear strength 
of rubber vulcanizates [4, 6], as elucidated in Figure 
6 and Figure 7 respectively.  
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Figure 5 Modulus at 100% strain and 200% strain of 
15PSi/NR+PEG and 15Si-gel/NR+PEG 
vulcanizates. 

 
Figure 6 The tensile strength of 15PSi/NR+PEG and 
15Si-gel/NR+PEG vulcanizates. 

 
Figure 7 Tear strength of 15PSi/NR+PEG and 15Si-
gel/NR+PEG vulcanizates. 

Considering swelling ratio of the rubber 
vulcanizates, as crosslink density of Si-gel/NR is 
lower than that of PSi/NR hence Si-gel/NR posses 
swelling ratio in toluene higher than that of PSi/NR. 
It can be generally seen that the vulcanizates with 
PEG result in better toluene resistance than that 
without PEG as the former system can perform 
vulcanization reaction better than the latter. 
However, when the molecular weight of PEG is 
increased the toluene resistance is slightly decreased. 
This is due to the decreased in polarity of PEG. SEM 
micrographs, shown in Figure 9, also show the well 

dispersion of silica in the NR matrix for both 
systems. 

 
Figure 8 Swelling ratio of 15PSi/NR+PEG and 15Si-
gel/NR+PEG vulcanizates. 

 

Figure 9 SEM Micrographs of 15PSi/NR+PEG and 15Si-
gel/NR+PEG vulcanizates. 

PART II 
Effect of PEG 200 and PEG 1000 on rubber 
compound and rubber vulcanizates 

3.3 Cure Characteristic and Mechanical 
Properties of Si-gel/NR and Psi/NR  

This part of the research aims to use PEGs that 
possess their different state, i.e liquid and solid form. 
The cure characteristic of 15Si-gel/NR and 
15PSi/NR+ PEG compounding with PEG200 and 
PEG1000 obtained from MDR is shown in Figure 
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10. It was found that the addition of PEG 
confirmedly decreased both scorch time and cure 
time as it was found by the others [3-6] and in the 
previous part. This was responsible by the hydrogen 
bonding between –OH of PEG and silanol groups on 
the silica surface as mentioned earlier.  

 

 
Figure 10 a) Scorch time (ts) and cure time (tc) and 
(c) different torque (∆s) of 15PSi/NR+PEG and 
15Si-gel/NR+PEG during testing in MDR. 

It was also shown in Figure 11 that secant modulus 
of the rubber vulcanizates were enhanced by the 
addition of PEG. Nonetheless, the system with 
PEG1000 was seemed to clearly exhibit less in it 
modulus. This could be due to the less polarity of the 
PEG1000 than PEG200 and thus less buffer layer 
will be formed consequently more absorption of 
accelerator on the surface of both PSi and Si-gel. 
The vulcanization reaction was then found to be 
suffered. This also led to the lesser in tensile 
strength, shown in Figure 12. As dispersion of silica 
was improved in both systems, elongation at break, 
shown in Figure 13, of the rubber vulcanizates was 
then found to be progressive. In term of PEG1000, 
the similarity of their elongation at break was found. 
This could be due to the lubricating effect is more 
pronounce than the performing of buffer layer on the 

silica surface. This is also suffered the modulus of 
the rubber vulcanizate (as shown in Figure 10).  

 
Figure 11 Modulus at 100% strain of 
15PSi/NR+PEG and 15Si-gel/NR+PEG 
vulcanizates. 

The swelling behavior was also decreased with the 
present of PEG. Due to the lesser polarity of 
PEG1000 than PEG200, crosslink density of 
silica/NR filled with PEG1000 is thus slightly less 
than silica/NR filled with PEG200. This resulted in 
slightly high in swelling ratio as shown in Figure 
14. 

 
Figure 12 The tensile strength of 15PSi/NR+PEG 
and 15Si-gel/NR+PEG vulcanizates. 

 
Figure 13 The percentage of elongation at break of 
15PSi/NR+PEG and 15Si-gel/NR+PEG 
vulcanizates. 

(a) 

(b) 
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Figure 14 Swelling ratios of NR vulcanizates  

 
Figure 15   SEM Micrographs of 15PSi/NR+PEG 
and 15Si-gel/NR+PEG vulcanizates 

It is very clear from SEM micrographs shown in 
Figure 14 that addition of PEG200 could enhance 
better distribution for both Psi and Si-gel in NR, 
than PEG1000. This is by the reason of less polarity 
of PEG1000 and thus less interaction between 
PEG1000 on silica surface could be performed. The 
aggregation of PSi particles could then be found, as 
shown in Figure 14 (f). Meanwhile there was no 
sign of aggregation of Si-gel particles in NR matrix. 

3.4 Thermal Aging of Rubber Vulcanizates 
Mechanical properties before and after thermal 
aging of NR vulcanizated were plotted into Figure 
16 (a)-(c). The changes in mechanical properties of 

vulcanizate was calculated using equation 2 and the 
result is presented in Figure 17. Considering 
Figure17 (a), it can be seen that having PEG in the 
vulcanizates, the decrement of modulus at 100% 
strain was less that that without PEG. This is 
because of the crosslink that was increased by the 
present of PEG. The increase in crosslink density in 
the rubber vulcanizate also resulted in the 
enhancement in tensile strength as shown in Figure 
16 (b). However, elongation at break of the 
Psi/NR+PEG and Si-gel/NR+PEG vulcanizates 
compared with Psi/NR and Si-gel/NR vulcanizates, 
the result, in Figure 16 (c) showed similar 
percentage of elongation. As mentioned earlier that 
PEG can act not only as formation of buffer layer on 
silica surface but also as lubricating agent, this 
therefore compensate the elongation at break of the 
vulcanizate.  

100)(
×⎥⎦
⎤

⎢⎣
⎡ −

=
O

OA
P                              equation 2 

Comparing the effect of PEG200 and PEG1000 on 
thermal ageing of silica filled rubber vulcanizate, it 
was shown in the result that the mechanical 
properties of vulcanizates with PEG1000 was 
slightly more sensitive to heat than that with 
PEG200. This could be due to the less polarity of 
PEG1000 and hence producing linkage with more 
sulfur. The lubricating agent of PEG1000 onto 
rubber was also more effective than PEG200. 

It is also noticeable that the rubber vulcanizate filled 
with Si-gel also show ageing by heat treatment more 
than the other case. This could be explained by the 
high porosity of Si-gel than that of PSi. The high 
porosity of Si-gel was confirmed by nitrogen 
adsorption/desorption isotherms, pore-size 
distributions in Figure 18 (a)-(b). The high porosity 
of Si-gel led to high absorption of accelerator on its 
surface hence the crosslink type was thought to be 
more with polysulfide linkages. These polysulfide 
linkages are very sensitive to heat compare with di 
and mono sulfide linkages. Thus the percentage 
change in Si-gel/NR+PEG was found slightly higher 
than that of PSi/NR+PEG.  

(a) (b) 

(c) (d) 

(e) (f) 
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Figure 16 (a) Modulus at 100% strain (b) tensile 
strength (c) percentage of elongation at break of 
15PSi/NR+PEG and 15Si-gel/NR+PEG 
vulcanizates. 

 

       

      
Figure 17 The percentage change in (a) modulus at 
100%strain (b) tensile strength (c) %elongation at 
break of 15PSi/NR+PEG and 15Si-gel/NR+PEG 
vulcanizates. 

 

       
Figure 18 (a) Nitrogen adsorption/desorption 
isotherms of Si-gel and PSi (b) The BET surface 
area of Si-gel and PSi 

(a) 

(c) 

(b) 

(b) 

(c) 

(a) 
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3.5 Dynamic mechanical properties of NR 
vulcanizates 
The addition of PEG is being the cause of the 
increased in crosslink density, as explained in the 
previous sections and this can be confirmed by 
DMA results. The storage modulus (E’), loss 
modulus (E’’) and tan delta are presented in Figure 
19-21 respectively. Tg of the NR vulcanizates 
obtained from Tanδ is presented in Figure 22.  
It is exhibited in Figure 19 that the incorporation of 
PEG200 8 phr into PSi/NR would lead to the 
decreased in storage modulus whereas PEG1000 did 
not affect the modulus. It is important to note here 
that the content of PEG at 8 phr is thought to be 
excess. The excess PEG200 would then lead to 
lubricating effect. In the case of PEG1000, at Tg of 
NR, PEG1000 is still in the solid state hence did not 
affect Tg of rubber except at high temperature. In 
the case of Si-gel/NR, addition of PEG effectively 
enhance the crosslinking of the rubber as clearly 
showed by the increased in storage modulus. 
However, the excess content of both PEG200 and 
PEG1000 will lead to soften of the vulcanizate. Thus 
the vulcanizate contains PEG200 possess lower 
storage modulus than that withPEG1000.  

 

 
Figure 19. Storage modulus (E’) of 15PSi/NR+PEG 
and 15Si-gel/NR+PEG vulcanizates. 

    

 
Figure 20 Loss modulus (E’’) of 15PSi/NR+PEG and 
15Si-gel/NR+PEG vulcanizates. 

As it has been known that the crosslink density in 
the rubber vulcanizate effect Tg of the rubber. The 
higher the crosslink density, the higher the Tg. This 
is because crosslink in the rubber can obstruct the 
mobility of NR chain due to the molecular chains 
were tied together. Thus in the case of silica filled 
NR vulcanizates, Tg of the rubber phase was 
increased. Considering in case of 15Si-gel/NR+PEG, 
interconnection between Si-gel-rubber-Si-gel cluster 
was obviously occurred, as shown in Figure 23. 
Therefore both crosslinking and inter-connection 
between Si-gel clusters can responsible for the 
increasing of Tg of the Si-gel/NR and Si-
gel/NR+PEG vulcanizates. Nonetheless, when 
modified the vulcanizates with high molecular 
weight of PEG, PEG could act as plasticizer in 
15PSi/NR+PEG system. This consequently eases the 
mobility of the rubber chains and lower Tg could be 
found, as shown in Figure 22. 
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Figure 21 Tan delta of 15PSi/NR+PEG and 15Si-
gel/NR+PEG vulcanizates 

 
Figure 22 Glass transition temperatures (Tg) of 
15PSi/NR+PEG and 15Si-gel/NR+PEG 
vulcanizates. 

 
Figure 23 Si-gel-rubber-Si-gel interconnected 
network of dried rubber silica gelled in-situ 

4. Conclusion 

From this study, it was found that the addition of 
PEG could act as an activator in vulcanization 
reaction of accelerator and sulfur in 15Si-gel/NR and 
15PSi/NR by forming as buffer layer on the silica 
particles. And this would enhance the complex 
formation of accelerator and activator, i.e. zinc 
oxide, subsequently complex with sulfur. Then 
sulfur crosslink between rubber-sulfur-rubber can 
occur. The PEG that form buffer layer on the silica 
could also help the dispersion of the silica. Si-gel 
was found very well dispersed in NR matrix than 
PSi. Low molecular weight PEG such as PEG200-
PEG400 can be used as activator. It was found that 
PEG200 could result in optimum vulcanizates 
properties. However, using PEG with low molecular 
weight mentioned could cause bleeding of PEG out 
to the surface of rubber at room temperature. The 
incorporation of PEG with high molecular weight, 
i.e. PEG1000, was then applied to use instead of low 
molecular weight PEG. It was shown that low 
polarity of PEG1000 compared to PEG200, lead to 
slightly lower in crosslink density than using 
PEG200. Using PEG1000 seems to result in 
vulcanizates with heat sensitive than using PEG200. 
In term of dynamic properties it was found that the 
incorporation of PEG1000 into the silica filled 
rubber could give better mechanical properties at sub 
ambient temperature.  
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Table 1 Table 1: Cure characteristic properties of NR compounds 

 
 
 
 
 
 
 
 
 
 
 

 
Table 2 Cure characteristic properties of PSi/NR and Si-gel/NR compounds 

Formulae 
Scorch 
time; ts 
(m:s) 

Cure time; 
tc (m:s) 

Minimum 
torque; ML 

(N-m) 

Maximum 
torque; MH 

(N-m) 

Different 
torque; ∆s 

(N-m) 
15PSi/NR 
15PSi/NR+PEG200 

1:04 
0:29 

3:11 
2:07 

0.50 
0.32 

1.78 
3.32 

1.31 
3.00 

15PSi/NR+PEG1000 
15Si-gel/NR 

0:34 
8:07 

2:24 
19:14 

0.49 
0.88 

2.91 
1.39 

2.41 
0.52 

15Si-gel/NR+PEG200 0:31 2:32 0.75 4.01 3.23 
15Si-gel/NR+PEG1000 0:43 3:56 1.08 3.18 2.08 
 
 
 
 
 
 
 

 
Formulae 

Scorch 
Time 
(m:s) 

Cure Time 
(m:s) 

Minimum 
Torque 
(N-m) 

 
 
 

Maximum  
Torque 
(N-m) 

Different 
Torque 
(N-m) 

15PSi/NR                   
15PSi/NR+PEG200 
15PSi/NR+PEG300 
15PSi/NR+PEG400 
15Si-gel/NR 
15Si-gel/NR+PEG200 
15Si-gel/NR+PEG300 
15Si-gel/NR+PEG400 

1:04 
0:27 
0:28 
0:33 
8:07 
1:17 
1:18 
1:18 

3:11 
2:43 
2:35 
2:26 

19:14 
8:05 
8:16 
8:01 

0.50 
0.64 
0.62 
0.42 
0.88 
0.12 
1.08 
1.16 

1.78 
3.89 
3.70 
3.34 
1.39 
2.21 
2.18 
2.27 

1.31 
3.25 
3.09 
2.92 
0.52 
1.09 
1.11 
1.10 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Electrical resistance change method (ERCM) has 

been an area of interest as a sensing system for 

CFRP (Carbon Fiber Reinforced Plastic) structures. 

It utilizes an electrical network of conductive carbon 

fibers, which can serve as a distributed sensor by 

properly locating electrodes on surface of a structure. 

For example, the electrical resistance changes due to 

structural deformation enable strain monitoring [1,2], 

and those due to interruption in the electric current 

flow allow structural damage detection [3,4].  

The main advantage of ERCM over other health 

monitoring methods is that ERCM can be simply 

applied to existing CFRP structures without major 

structural modification or additional expensive 

equipment. Optical fiber sensors [5] is one of the 

promising structural health monitoring systems, 

which have shown great sensitivity for deformation 

and damage, but it might degrade the structural 

strength due to embedding the optical fibers [6]. 

Piezoelectric sensors [7] are also applicable, but 

requires more complicated set up and data analysis 

than ERCM.  

In addition, the ERCM may be combined with a 

thermally mendable polymer as the matrix, thereby 

allowing the damage to be healed using resistive 

heating of carbon fibers. High electrical conductivity 

of carbon fibers can be utilized as a heat source by 

applying large amounts of electrical currents. A 

polymer which has thermally mendable properties 

has been synthesized by Chen et al. [8], and the 

researchers in the same group have synthesized a 

series of thermally mendable polymers. It has been 

shown that thermally mendable polymers can be 

applied as matrix [9] of a CFRP laminate. The 

electrical network of CFRP laminates enables self-

heating as well as self-sensing using the same 

system of electrodes. Therefore, subcritical damage 

occurred in a composite with a thermally mendable 

polymer matrix can be both detected and repaired 

electrically. 

Applying the ERCM to existing structures requires a 

relationship between electrical resistance changes 

and changes in a structural state. The influences of 

deformation and damage occurrence on electrical 

resistance changes are well characterized, but they 

are usually assumed under constant temperature. The 

electrical resistance is strongly affected by ambient 

temperature [10,11], but there has been fewer 

numbers of investigations. The difficulty in 

characterizing temperature effect on electrical 

resistance is that elevated temperature of a CFRP 

laminate causes both changes in electrical resistivity 

of carbon fibers and thermal expansion of matrix 

resin. Elevated temperature decreases electrical 

resistance due to property of carbon fibers whereas 

corresponding thermal expansion increases it. 

Furthermore, anisotropic property of a CFRP 

laminate has to be also considered for electrical 

resistance, meaning that fiber direction and other 

directions have different electrical conductivities. 

Due to this anisotropy, paths of electrical currents 

vary depending on electrodes location, resulting in 

different sensitivities. 

In this paper, the dependence of the electrical 

resistance on temperature is first investigated in 

terms of the anisotropic properties of a 

unidirectional CFRP laminate. The electric 

resistances in the fiber direction and transverse 

direction are measured with elevated temperature 

using different location of electrodes. Next, the same 

laminate is heated again under constraint of thermal 

expansion in order to separate the influences of 

change in electrical resistivity from one from 

thermal expansion. A tensile test is also conducted to 

establish a constitutive relationship between 

electrical resistance, temperature change and 

mechanical strain.  

ELECTRICAL BEHAVIOR OF A CFRP UNIDIRECTIONAL 

LAMINATE UNDER TEMPERATURE VARIATION 
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2 Thermal Influences on Electrical Resistance  

2.1 Electrical Anisotropy 

Electrical resistance change of a unidirectional 

CFRP laminate can be represented by electrical 

resistivity ρ, and geometry with length l and cross 

section area A as other conductive materials. 

0000 A

A

l

l

R

R 













 

(1) 

Subscript 0 represents initial values. Under steady 

ambient condition with constant temperature and 

humidity, fraction of the electrical resistance change 

r = R/R0 increases proportionally to the nominal 

strain  with a coefficient η, which is called a gauge 

factor. When temperature also changes, fraction of 

the electrical resistance change decreases due to 

temperature dependence of electrical resistivity, as 

shown in Eq. (2).  

  Tr  
(2) 

Here, the fraction of electrical resistivity is replaced 

by temperature coefficient of resistivity .  

T







0

 
(3) 

Under a loading condition with varied temperature, 

the nominal strain  can be separated into thermal 

strain and strain caused by external forces M. 

TM    
(4) 

Here, coefficient of thermal expansion is denoted as 

. Substituting Eq. (4) into Eq. (2), the fraction of 

electrical resistance change can be expressed by a 

temperature related term and an external forces 

related term. 

  MTr     
(5) 

Since a CFRP laminate is composed of conductive 

carbon fibers and insulated polymer matrix, 

electrical currents mainly flow along fiber direction. 

Transverse direction is also conductive by forming 

conducting paths through contacts between 

neighboring carbon fibers, but the conductivity is 

about 1/1000 of one in fiber direction [12]. 

Therefore, electrical conductivity of a unidirectional 

CFRP laminate is regarded as orthotropic along 

carbon fibers, as shown in Fig. 1 (a). Eq. (5) is 

actually expressed as the following matrix form with 

superscripts L and T representing fiber direction and 

transverse direction, respectively. 
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(6) 

Since the coefficient of thermal expansion in the 

fiber direction is much smaller than one in the 

transverse direction, the fraction of electrical 

resistance in each direction is expressed by 

neglecting the coefficient of thermal expansion in 

the fiber direction, 
L
 = 0. 
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(7) 

When no external forces are applied to a CFRP 

laminate, each electrical resistance changes in 

accordance with corresponding temperature 

coefficient of resistivity and thermal expansion of 

matrix.  
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(8) 

It is known that carbon fibers have negative 

temperature coefficient of resistivity as it is typical 

for semiconducting materials, meaning that elevated 

temperature decreases the electrical resistance. On 

the other hand, thermal expansion of polymer may 

decrease contacts between neighboring carbon fibers, 

which are paths of electrical currents as shown in 

Fig. 1 (b), resulting in the resistivity increase. These 

effects should be simultaneously considered and 

separately evaluated for applying ERCM to existing 

structures. 

 

2.2 Experiment 

Electrical resistance changes with elevated 

temperature are measured in the fiber direction and 

the transverse direction. An unidirectional CFRP 
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laminate [08]T is made of PYROFIL #380 G250 

prepreg produced by Mitsubishi Layon Co Ltd. 

Thickness of the laminate is 2.5 mm. Size of the 

specimen is 50 mm × 20 mm cut from the laminate, 

and then silver paint is painted on it.  

Two kinds of specimens regarding electrode 

locations are prepared to evaluate orthotropic 

electrical property. One has the electrodes located on 

side surfaces for electrical current input, and the 

electrodes encircling the laminate with 5.0 mm 

width for potential difference measurement. The 

electrodes are located either in fiber direction or 

transverse direction as shown in Fig. 2 (a) and (b), 

respectively. The electrical resistance measured in 

this manner is called volume resistance, whose 

electrical current uniformly distributes inside the 

laminate (Fig. 4 (a)). The other has all electrodes for 

both electrical current input and potential difference 

measurement only on top surface as shown in Fig. 3 

(a) and (b) for fiber direction and transverse 

direction, respectively. Top electrodes are more 

feasible for applying the ERCM to structures, but 

cause more complex distribution of electrical 

currents as high electrical density near top surface, 

gradually decreasing to bottom surface as described 

in Fig. 4 (b). The electrical resistance obtained from 

top electrodes is called surface resistance.  

Conducting wires are attached on the electrodes by 

the same silver paint, covered by epoxy adhesive for 

protection. The specimens are gradually heated on a 

hotplate at the constant rate from the room 

temperature to 50 ºC. The electrical resistances and 

the temperature are measured using a KEITHLEY 

2750 multimeter and a thermocouple at every second. 

After measuring the electrical resistance with 

elevated temperature, another laminate is attached 

below in the perpendicular direction as shown in Fig. 

5. All four specimens shown in Fig. 2 (a)(b) and Fig. 

3 (a)(b) are constrained in the same way, and their 

electrical resistances are measured again on a 

hotplate. Since small coefficient of carbon fibers 

constraints the thermal expansion of matrix resin, 

the electrical resistance change becomes different 

from initial behavior even at the same temperature. 

Two pairs of r
i
/T (i = L and T) and 

T
 obtained in 

initial state and constraint state give a solution of 
L
 

and LT
 in the fiber direction, and 

T
 and T

 in the 

transverse direction shown in Eq. (8), respectively. 

To confirm the effect of constraint, thermal strain is 

also measured using other specimens with two 

marks on the surface, whose distance is measured by 

a digital image extensometer as shown in Fig. 6. 

The remaining coefficients in Eq. (7) are L
 for the 

fiber direction and TL
 for the transverse direction. 

Since only one coefficient is unknown in each 

direction, a tensile test with an electrical resistance 

measurement is conducted under constant 

temperature. Nominal strains in fiber and transverse 

directions can be expressed by poisson’s ratios LT
 

and TL
, and Eq. (7) is expressed as below under 

constant temperature. 

T

M
TTLTLT

L

M
LTLTLL

r

r
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(9) 

One specimen is prepared as its longitudinal 

directions orients along fiber direction, and the other 

specimen is perpendicular to it. The specimens are 

prepared from the same laminate as used in the 

external heating test. Dimension of the specimens is 

shown in Fig. 7, with GFRP tabs are attached for 

cramping. Two kinds of electrode locations are also 

prepared as one specimen has four electrodes with 

5.0 mm width encircling the laminate, and the other 

has them only on top surface. Mechanical strain is 

measured at a crosshead speed of 1.0 mm/min.  

 
(a) 

 

 
(b) 

 

Fig. 1 Electrical current flow in a unidirectional 

CFRP laminate (a), and influence of thermal 

expansion (b) 
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(a) 

 
(b) 

 

Fig. 2 Specimen for measuring volume resistance in 

fiber direction (a) and transverse direction (b) 

 

 
(a) 

 
(b) 

 

Fig. 3 Specimen for measuring surface resistance in 

fiber direction (a) and transverse direction (b) 

 

 
(a)                            (b) 

 

Fig. 4 Paths of electrical currents formed in volume 

resistance (a) and surface resistance (b) 

 
 

Fig. 5 Specimen configuration for constraining 

thermal expansion by perpendicularly adhering 

another laminate 

 
 

Fig. 6  Measurement of thermal expansion by a 

digital image extensometer 

 

 
 

Figure 7 Specimen dimensions for a tensile test with 

measuring volume resistance on top figure and 

surface resistance on bottom figure 

 

 

3 Results and Discussion  

3.1 Electrical Anisotropy 

The initial resistance are measured and summarized 

in Table 1. The fiber direction has about 600 ~ 700 

times lower electrical resistance than the transverse 

direction, as explained in Fig. 1(a). The volume 

resistance is lower than the surface resistance in both 

directions due to larger paths of electrical currents, 

described in Fig. 4. The difference is larger in the 

fiber direction because the side electrodes can 

directly utilize carbon fibers as path of electrical 

currents whereas both locations form paths through 

contacts between neighboring carbon fibers in the 

transverse direction. 

The electrical resistance changes during heating on a 

hotplate are shown in Fig. 8. The fraction of 

electrical resistance change is also the most 

significant for the volume resistance in the fiber 
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direction. As the thermal expansion is assumed to be 

negligible in the fiber direction, the elevated 

temperature directly affects the semiconducting 

property of carbon fibers. On the other hand, the 

paths of electrical currents through the contacts 

between neighboring carbon fibers decrease due to 

thermal expansion as explained in Fig. 1 (b), 

resulting in smaller decrease in the transverse 

direction. The slope of the electrical resistance 

change is still negative in Fig. 8, meaning that the 

semiconducting property of carbon fibers in the 

transverse direction is more significant than the 

resistance increase due to thermal expansion. In 

addition, the surface resistance in the fiber direction 

shows similar to the results in the transverse 

direction. The top electrodes only contacts with 

carbon fibers near surface, and forms paths of 

electrical currents through contacts between 

neighboring carbon fibers as described in Fig. 4(b). 

These paths are similarly formed as they are in the 

transverse direction, resulting in the similar fraction 

of electrical resistance change. 

 

 

Table 1. Initial electrical resistance in fiber and 

transverse directions 

     

 Fiber Transverese 

 Volume Surface Volume Surface 

Resistance 0.098 0.14 70 80 

 

 

3.2 Constraint of thermal expansion 

The results of thermal strain measurement are shown 

in Fig. 9. Thermal strain in the fiber direction is 

almost zero in the temperature range from room 

temperature to 50 ºC as assumed. The transverse 

direction showed thermal strain 1240 με when the 

temperature increase was 20 ºC. The CTE can be 

calculated from linear estimation of this slope, 

resulting in 62.0 με/K. This value corresponds well 

to the CTE of epoxy resin that is a matrix of this 

composite. These results confirmed that the 

unidirectional CFRP laminate has negligible thermal 

expansion in the fiber direction and equivalent CTE 

of matrix resin in the transverse direction.  

Next, the same specimen is perpendicularly adhered 

on another laminate, as shown in Fig. 5. The 

electrical resistance and the thermal strain are 

measured in the same way as previous experiments, 

and the influence of constraint is evaluated. The 

result of constraint thermal expansion is plotted in 

Fig. 9. Thermal strain of constraint specimen is not 

negligible because of thermal expansion of adhesive 

layer between top and bottom laminate and the 

thickness of the top panel, but it is much smaller 

compared to one initially obtained.  

Influence of constraint on electrical resistance 

change is shown in Fig. 10 for volume resistance 

and Fig. 11 for surface resistance in (a) fiber 

direction and (b) transverse direction. Dashed lines 

are results obtained before the constraint, shown in 

 
Fig. 8 Electrical resistance changes with various 

electrode locations 

 

 

 
Fig. 9 Influence of constraint on thermal 

expansion  
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Fig. 8, and solid lines are results after the constraint. 

All results showed further decrease in electrical 

resistance due to the constraint. The constraint of 

bottom laminate keeps the contacts of carbon fibers 

and causes further decrease in electrical resistance. 

Influence of constraint seems smaller for surface 

resistance in the fiber direction (Fig. 11 (a)), but 

linear estimation still indicates further decrease. It 

implies that fiber direction also forms paths of 

electrical currents through contacts between carbon 

fibers although main paths go along them.  

 

3.3 Tensile Test 

To obtain remaining constants L
 and TL

, a tensile 

test is conducted with electrical resistance 

measurement. The results are shown in Fig. 12 (a) in 

the fiber direction and (b) in the transverse direction. 

Electrical resistances increase under tensile loading 

except for volume resistance in the fiber direction. 

Typical conductive materials show higher electrical 

resistance in longer dimension and smaller cross 

section. This characteristic applies to carbon fibers, 

 
(a) 

 

 
(b) 

 

Fig. 10 Volume resistance measurements in fiber 

direction (a) and transverse direction (b) before 

and after constraint 

 

 

 
(a) 

 

 
(b) 

 

Fig. 11  Surface resistance measurements in 

fiber direction (a) and transverse direction (b) 

before and after constraint 

 

ICCM19 821



 

7  

PAPER TITLE  

but as for a CFRP laminate in the fiber direction, 

smaller cross section may decrease electrical 

resistance. Number of contacts between neighboring 

carbon fibers, which forms paths of electrical 

currents, could increase because of Poisson’s effect. 

In the transverse direction, paths of electrical 

currents simply decrease due to separation of 

contacts between neighboring carbon fibers in the 

longitudinal direction, resulting in increase in 

electrical resistance.  

 

 

 
(a) 

 

 
(b) 

 

Fig. 12 Electrical resistance change under tensile 

loading for volume resistance (a) and surface 

resistance (b) 

3.4 Relationship between electrical resistance, 

temperature change and mechanical strain 

The constants for representing a relationship 

between electrical resistance, temperature change 

and mechanical strain can be determined from the 

experimental results. The slope of linear estimation 

r
i
/T (i = L and T) and thermal expansion 

T
 

obtained from initial state and constraint state (Fig. 

11 and Fig. 12) are summarized in Table 2, 

including Poisson’s ratio and r
i
/ obtained in a 

tensile test. Each experiment was repeated several 

times and the values in the table are average of the 

results. The corresponding constants are calculated 

from Eq. (8) and Eq. (9) and determined in Eq. (10) 

for volume resistance and Eq. (11) for surface 

resistance.  

Close values of temperature coefficient of resistivity 

in transvers direction for volume resistance and 

surface resistance resulted from similar paths of 

electrical currents that are contacts between 

neighboring carbon fibers. Temperature coefficient 

of resistivity in fiber direction for surface resistance 

is also similar, meaning that electrical resistance is 

not only affected by property of carbon fibers, but 

also by contact between neighboring carbon fibers as 

described in Fig. 4 (b). One in fiber direction for 

volume resistance is much larger than others because 

it is significantly affected by the electrical property 

of carbon fibers.  

As for influence of deformation, interaction terms 

 

 

Table 2 Summary of experimentally obtained values 

required for determining constants 

 

 Initial state Constraint state 

 Fiber  Transverse Fiber  Tarnsverse 

 0 62.6 0 37.3 

r
i
/T_V -1850 -651 -2080 -682 

r
i
/T_S -610 -656 -662 -698 

 0.404 0.0214 - - 

r
i
/V -1.96 1.46 - - 

r
i
/S 1.33 1.78   
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LT
 and TL

 are bigger than direct terms L
 and T

 

for volume resistance, causing decrease in electrical 

resistance under tensile loading. Interaction terms 

become smaller for surface resistance, but direct 

terms are similar to each other. These results 

indicate that the larger area for electrical current 

input forms the more paths of electrical current 

through carbon fiber contacts. It means the gauge 

factors could be controlled by area of electrodes, but 

further investigation is required to verify it. 

 

4 Conclusions  

This paper established a relationship between 

electrical resistance, temperature change and 

deformation of unidirectional CFRP laminate. 

Anisotropic characteristics of electrical resistance 

were investigated in the fiber direction and 

transverse direction. Different electrode locations 

were also investigated by placing electrodes on all 

surfaces encircling the laminate for volume 

resistance or only on top surface for surface 

resistance. 

First, thermal influences on electrical resistance 

were separated into resistivity change of carbon 

fibers and expansion of polymer, and they were 

quantitatively evaluated from the measurements of 

electrical resistance on a hotplate. Constraint of 

thermal expansion by perpendicularly attaching 

another laminate resulted in further decrease in 

electrical resistance and enabled to derive 

coefficients for thermal influences. Volume 

resistance showed a large coefficient of resistivity in 

fiber direction due to property of a carbon fiber. On 

the other hand, surface resistance in fiber direction 

resulted in a smaller coefficient of resistivity, which 

is similar to those in transverse direction, meaning 

that they are affected by paths of electrical currents 

formed through contacts between neighboring 

carbon fibers. 

Second, a tensile test was conducted to obtain 

remaining coefficients for mechanical strain. It was 

found that direct terms are similar in both directions 

regardless of electrode locations. However, 

interaction terms generated due to Poisson’s effect 

were more significant than direct terms, particularly 

for volume resistance, causing decrease in volume 

resistance. These quantitative relationships of 

electrical resistance changes can be usefully used for 

sensing system of CFRP structures. 
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1 General Introduction 

Wind turbine rotor blades that use a conventional 

single shear-web design (Fig. 1a) or a pair of distinct 

webs (Figure 1b [1]) are proving structurally 

inefficient with the spanwise growth of the blade.  

These webs are designed to carry the shear between 

blade shells during deflection.  Often this requires 

the use of thick core in a sandwich structure to 

prevent web buckling itself. 

 

The flanges in a traditional design such as this are 

intended to spread the lap shear across the bonded 

member and transfer the shear to the face sheets.  

These flanges have proven to be relatively 

ineffective, resulting in lap shear stress in the bond 

concentrated near the web face sheets, which may 

promote de-bonding.  

2 Introduction of Efficiency Alternatives 

2.1 Gross Shear Flow 

The problem at hand is gross shear flow from the 

pressure surface to the suction surface (or vice 

versa) during operation.  Significant amounts of 

shear need to be transferred due to the overall 

deflection of the blade under load.  Since the 

problem at hand is not a simple vertical shear web 

(or set of vertical webs), the shear flow magnitude is 

dependent on the twist of the blade and the 

deflection at that cross-section.  If a twisted web is 

required, the manufacturing complexity is amplified.  

A more gradual transitional shear path from the shell 

to the web is needed for more efficient flow of load 

than in current designs.  This can be achieved 

through manipulation of the angles of the x-web 

design.  Through careful planning, manufacturing 

complexity may be reduced in an x-web 

configuration.  Fig. 2 shows the shear flow in a 

traditional design [2]. 

2.2 Shell Buckling 

These webs, although it may seem counter-intuitive, 

also have adverse effects on shell buckling.  There 

are now very few shear transfer mechanisms due to 

weight concerns.  The stiffness of these structures is 

often very high - inefficiently spreading the buckling 

resistance across a wide enough extent.  The x-web 

configuration proposed in this paper alleviates that 

sudden change in stiffness, resulting in fewer 

opportunities for shell buckling. 

2.3 Web Buckling 

The webs carry large loads as a result of trying to 

use them for resisting buckling of the shells such 

that they need thick core between the face sheets to 

prevent buckling of the web itself.  The core is 

costly and adds unnecessary amounts of weight if an 

alternative can be developed.  It is hard on quality 

control due to the difficulties of managing resin 

uptake in the core materials. 

3. The Proposed X-Web Solution 

Fig. 3 shows the solution that is proposed to resolve 

the disadvantages addressed in the previous sections. 

3.1 Gradual Shear Flow 

Due to the shape of the web, the closed section shear 

flow paths are more in-line with that of the open 

section shear flow.  This allows more shear from 

both the leading edge (LE) and trailing edge (TE) to 

enter the web points gradually since the webs are 

separated by a much greater distance and the bond 

line is wider.  This results in a reduction in LE and 

TE bond lap shear and panel buckling (See Section 

3.2) as well.  Fig. 4 shows the shear flow in the x-

web design. 

3.2 Panel Buckling Relief 

The separation of the shear paths also allows the 

cross section to “breathe” much more than would 

APPLICATION OF X-WEB TECHNOLOGIES FOR IMPROVED 

SHEAR TRANSFER IN WIND TURBINE BLADES UPWARDS 

OF 100 METERS 
 

R.  Barnhart
1
*, K.  Wetzel

1
 

1
 Wetzel Engineering Inc., Wind Energy, Lawrence, KS, USA, 

* Corresponding author (rmb@wetzelengineering.com) 

 

Keywords: X-Web, Shear Transfer, Less Core, Efficient Structures, Wind Turbine 

ICCM19 825

mailto:rmb@wetzelengineering.com


APPLICATION OF X-WEB TECHNOLOGIES FOR IMPROVED SHEAR TRANSFER IN WIND TURBINE 

BLADES UPWARDS OF 100 METERS 
 

normally be encountered during operations.  This 

reduces the chances of LE and TE panel buckling 

due to a lower stiffness discontinuity.  With the web 

and spreader (See Section 3.3) closer to the LE and 

TE, the propensity for skin panel buckling is reduced 

in these regions. This same separation addresses 

web-buckling, as the x-shape can flex with the cross 

section.   The implications of a reduction in web 

buckling include a lower overall blade weight due to 

less core material (and absorbed resin) in the web. 

3.3 The Lap Shear Spreader 

The regions of thicker core on top of the girder are 

an additional attempt at spreading out the lap shear 

in the bonds by providing a reinforced shear path 

over a larger area.  This larger area increases the 

width of the bond layer, helping to reduce stress 

concentrations.   

4. Summary of the Advantages 

The shear flow pattern is changed through the 

introduction of an x-shaped web into the airfoil 

section as opposed to the traditional I-web or box-

beam.  The following are advantages: 

 fewer lap shear stress concentrations in the 

bonds; 

 lighter blades due to the reduction in core 

material in the webs and reduction of the 

amount of adhesive and absorbed resin in 

the blade; 

 reduced propensity for web buckling; 

 reduced propensity for skin panel buckling, 

and, 

 closed section shear flow with lower 

magnitudes. 

5. Figures 

 

Fig. 1a - Traditional I-beam shear web design 

  

 

Fig. 1b - Traditional box beam shear web design [1] 

 

 

Fig. 2 - Shear flow in a traditional design [2] 

 

 

Fig. 3 – The x-web 

 

 

Fig. 4 - Shear flow in the x-web section 
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1 General Introduction  

Shape memory polymers (SMPs) have attracted 

considerable attention because of their distinct shape 

memory effect described the effect of restoring the 

original shape of a plastically deformed sample [1]. 

Recently, Huang et al. found that SMP composite [2] 

displayed water-driven shape memory effect. 

However, water-induced epoxy-based SMP has not 

been reported. 

Epoxy-based SMP possesses excellent shape 

memory effect and can meet various practical needs 

by easily adjusting the chemical components, which 

make them have great potential applications in smart 

structures. This study constructs a novel epoxy-

based SMP, which could change their mechanical 

properties upon exposure to water and display a 

good shape memory effect in response to water. This 

material is fabricated by introducing sodium dodecyl 

sulfate (SDS) into epoxy shape memory polymer. 

SDS is of an organosulfate containing a 12-carbon 

tail attached to a sulfate group, giving SDS the 

amphiphilic properties. Hence, it can be uniformly 

dispersed into epoxy shape memory polymer. 

Herein, the shape recovery process of the composite 

carried out in water was investigated. Furthermore, a 

detailed mechanism for water-induced shape 

memory effect in this as-constructed epoxy-based 

shape memory polymer will be discussed. This study 

advocates the design concept and presents some 

experimental results of the water-induced smart 

composite. 

2 Structural Characterizations 

XRD is used to examine crystal phases of materials. 

Figure 1A shows that the XRD patterns of pure 

epoxy shape memory polymer (designated as ER), 

SDS and the composite prepared by introducing 

SDS into ER (designated as SDS-ER). It is 

confirmed that the SDS (JCPDS file: 39-1996) and 

ER stably co-exist in the composite samples. The 

FT-IR spectrum of ER, SDS and SDS-ER is shown 

in Figure 1B. The SDS-ER shows absorptions at 

1079 cm
−1

 and 1733 cm
−1

 respectively 

corresponding to the S=O stretching and the C=O 

stretching, which further supports the above XRD 

results. 

 

Figure 1. XRD patterns (A) and FT-IR spectra (B): ER, 

SDS, and SDS-ER composite prepared by introducing 

SDS into ER. 

3 Dynamic Mechanical Analysis  

In the DMA measurements, the storage modulus and 

the tangent delta were recorded as a function of 

temperature. The DMA results show that the storage 

modulus and Tg of SDS-ER reduced comparing with 

ER (Figure 2). The Tg of ER and SDS-ER were 112 
o
C and 89 

o
C, respectively.  

 

Figure 2. DMA curves of ER and SDS-ER composite 

prepared by introducing SDS into ER. 
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4 Water-Induced Shape-Memory Effect 

The water-induced shape memory effect of SDS-ER 

composite has been exemplarily demonstrated in 

Figure 3. The rectangular SMP composite 

(permanent shape) sheet was bended into an “n” 

shape at 130 
o
C and retained this shape during 

cooling back to room temperature (about 25 
o
C). No 

apparent recovery was found after the deformed 

sample was kept in the water as can be shown in 

Figure 3 (0 min, 30 min and 60 min). However, 

water was applied for about 90 min, the composite 

sample starting conversion of the flexural shape was 

observed. A change in shape from temporary shape 

to permanent shape had been completed within 180 

min, where the dimensions of used specimen were 

55 mm × 4 mm × 3 mm. The final shape was close 

to the original straight shape with some remaining 

flexion due to friction among the polymer chains. 

 

Figure 3. The water-induced shape-memory effect of 

SDS-ER composite prepared by introducing SDS into ER 

at room temperature. 

Notably, only SDS-ER composite shows good 

recovery properties in water, but it has no apparent 

recovery at atmosphere (Figure 4). The observation 

confirms that water molecules play a significant role 

in the shape memory effect. 

 

Figure 4. The water-induced shape-memory effect at 

room temperature of ER and SDS-ER composite prepared 

by introducing SDS into ER. 

To well understand the SDS effects on the water-

induced shape memory behaviors, the XRD patterns 

and FT-IR spectra of SDS-ER before and after 

dipping in water are displayed in Figure 5. 

Surprisingly, the results demonstrate that the content 

of SDS in the SDS-ER composite reduce after 

dipping, which might well be attributed to ion-

exchange effect during dipping process causing 

microvoids formation on the surface of the sample. 

Furthermore, this phenomenon also could be 

enhanced by chemical interaction or physical 

swelling effect [3]. 

 

Figure 5. XRD patterns (A) and FT-IR spectra (B): SDS-

ER composite prepared by introducing SDS into ER 

before dipping and after dipping. 

5 Summary 

In this paper, we present a facile fabrication of 

epoxy-based SMP and the composite shows better 

water-responsive shape memory effect at room 

temperature. With the further development and the 

emergence of novel epoxy-based SMP, the range of 

applications is expected to expand more widely in 

the near future. 
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1 Introduction  

Increasing global demand for hybrid composite 

materials in aerospace, automative and electronic 

industries has also resulted in accumulation of 

related solid wastes [1]. Automobile composite 

wastes had reached 60,000 tons worldwide in 2011, 

while commercial aircrafts built in carbon and 

epoxy-resin based composites may reach end-of-life 

in a fast annual rate of 100 units. No standard 

recycling methods are available, and most of these 

materials are being scrapped and disposed into 

landfill. However, strict government policies and 

legislations shall be implemented to curb these 

imminent environmental problems. For example, 

European Union legislation will demand all 

manufacturers to recycle end-of-life vehicles, aiming 

85% recycle rate by 2015 [2]. Thus, recycling and 

reuse are unavoidable and shall be part of its 

industrial manufacturing processes.  

 Several methods of recycling have been proposed 

including mechanical and thermal as summarized by 

Pickering [3]. The mechanical approach reduces the 

size of the scrap to produce recyclates, while the 

thermal methods convert the scrap into useful 

materials, while producing energy in the process. 

The thermal processes mentioned in the report 

include combustion, the use of fluidized bed and 

pyrolysis. Many other methods have been proposed 

including the use of subcritical and supercritical 

fluids of water and alcohols. 

  Application of sub and supercritical fluids is a new 

approach for recycling composite materials.  

Decomposition of thermoset polymeric matrix 

materials of composites proceeds rapidly in 

supercritical fluids compared to conventional 

methods [3, 4]. From 79.3% decomposition rate 

using supercritical water; the decomposition reaction 

can be further improved to 95.4% with the addition 

of KOH as a catalyst [5]. Moreover, decomposition 

reaction can reach 95% with supercritical alcohols in 

semi-continuous flow systems [6, 7]; n-propanol is 

also being used for this purpose [8].  Moreover, very 
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clean fibers can be recovered, maintaining 98% of 

tensile strength of virgin fibers [9]. It has also 

proven that the use of different additives could make 

the properties of recovered fibers even better after 

treatment with supercritical fluid [10]. 

As a promising recycling technique, application of 

solvothermal method using benzyl alcohol (BZA) 

has been proposed by our research group [11,12].   

   In this present work, application of solvothermal 

method using benzyl alcohol (BZA) as a solvent to 

recover fibers by degradation of polymer resins to 

recycle spent hybrid composite materials is 

investigated as shown in the proposed recycling 

concept in Fig. 1. Degradation behavior is elucidated 

by analyzing decomposition rate and products. The 

recovered fibers were also characterized by SEM, 

TG-DTA and DSC analyses.  

 

2 Materials and Methods 

2.1 Sample  

Samples (5mm×20mm×0.1mm) in Fig. 2 were 

provided by Fujikura Composites Co. and Hitachi 

Chemical Co. 99% pure BZA and K3PO4 with purity 

of more than 95% were purchased from Wako Pure 

Chemical Industries (Wako, Japan).  

 

Fig. 2. Sample CFRP test sheet and molecular 

structure of epoxy resin (24%) in the sample.  

2.2 Experimental Methods 

The apparatus for solvothermal experiments 

(AKICO Co. Japan) shown in Figs. 3 and 4 consists 

of a batch-type Inconel reactor (about 8.8 cm
3
 inner 

volume) and a heating electric furnace. Mechanical 

stirring of reactor is provided with a cyclic 

horizontal swing span of 2 cm fixed at a frequency 

of 60 cycles per minute. The amount of solvent used 

in each experiment is almost half the volume of the 

reactor.  Water and benzyl alcohol were used as 

solvents for decomposition experiments. Critical 

temperatures (Tc) and pressures (Pc) for water and 

benzyl alcohol are Tc = 375°C, Pc = 22.1 MPa and 

Tc = 403°C, Pc = 4.6 MPa, respectively. It took 

about 15 min to reach the set reaction temperature of 

210 to 300 
o
C. The reaction time was varied from 

0.5 to 8h. After the reaction time has elapsed, batch 

reactor was quenched in a water bath for rapid 

cooling. The degradation products and fibers were 

then separated for analyses. The degradation rate 

(DR) was then calculated from the amount of resin 

removed from the sample on the basis of the amount 

of resin originally present, and reported in %.  

 

 
Fig. 3. Schematic diagram of the reactor and actual 

appararatus for solvothermal experiments 

(Tmax=500
o
C, Pmax=50MPa) 

 

 
 

Fig. 4. Schematic diagram of experimental 

apparatus showing batch reactor inside the electric 

furnace (arrows indicate cyclic horizontal movement 

for mixing of samples inside the reactor) 
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2.3 Analysis of the Products 
GC-MS analyses of the degradation products were 

carried out using a Hewlett Packard-HP 6890 GC-

MS apparatus. Separation was carried out using a 

non-polar HP-5MS capillary column with He as a 

carrier gas. The sample volume was 0.5μl, and was 

injected in splitless mode. The oven temperature was 

initially at 45 
o
C, then was ramped up to 300 

o
C at 

an initial rate of 6 
o
C/min, then was increased to 

10
o
C/min after reaching 220

o
C. The surfaces of 

recovered fibers were characterized by SEM (JEOL 

JSM-6390LV) analyzer. The recovered fibers were 

also analyzed by thermogravimetric-differential 

thermal analyzer (TG-DTA) and by differential 

scanning calorimeter (DSC) to test its thermal 

properties in comparison with the virgin fiber.  

 

3 Results and Discussion 

3.1 Comparison of Various Solvents  

Using 0.7g CFRP sample, degradation of polymer 

resins using benzyl alcohol (BZA), the primary 

solvent used in this study, was compared with other 

solvents at T=300 
o
C. Results in Fig. 5 show that 

BZA was the most effective solvent compared to 

H2O and EtOH (DR=18.9%, not shown), giving 

degradation rate (DR) above 67%. The degradation 

rate (DR) was also found dependent on treatment 

time and temperature, and with the addition of 

tripotassium phosphate (K3PO4) catalysts.  

 

3.2 Evaluation of Various Catalysts on 

Degradation of Polymer Resin 

Fig. 6 summarizes the effect of various catalysts on 

the degradation of composite materials. The use of 

acid, base or salt catalysts resulted into 

decomposition rates higher than 80%. However, on 

the environmental point of view, and to minimize 

corrosion of reactor, the use of salt catalysts such as 

tripotassium phosphate (K3PO4) is preferable over 

acid or base catalysts. Thus, K3PO4 was used in this 

study for experiments involving catalysts. 

 
Fig. 6.  Comparison of catalytic activities of various 

types of catalysts 

 

3.3 Effect of K3PO4 Catalysts Addition 

At the same conditions mentioned above, addition of 

K3PO4 catalysts increased the degradation rate of the 

resin by 27.6% from 67.2% without catalysts, 

obtaining DR of 94.8% as shown 

in Figs. 5&7. In the presence of 

small amount of water at 

BZA:H2O molar ratio of 9:1, 

almost complete degradation 

were obtained as compared to 

only 61.0% without catalysts. 

Using pure H2O as a solvent, the 

DR also increased with the 

addition of catalysts, however, 

the degradation is still low 

compared to those obtained using 

BZA. Almost complete 

degradation of the resin was 

attained by doubling the reaction 

time from 30 min to 1 h with or 

without catalysts as also shown in 

Fig. 7.  

 

 

 Fig. 5. Comparison of the obtained samples after treatment using  

various solvents at T=300 
o
C, in 0.5h 
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Fig. 7.  Photographs showing obtained fibers with or without K3PO4 catalysts (T = 300 
o
C) 

Fig. 8. SEM images of the obtained fibers (T = 300 
o
C, t = 1h ) with two different rates 

of magnification (700x and 2,000x) 
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Fig. 9. Comparison of degradation rate obtained from atmospheric and high-pressure 

treatments of CFRP samples. 

Fig. 10. Typical GC-MS chromatograms of degradation products of epoxy resin under  

high-pressure conditions. 
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3.4 SEM Images of Obtained Fibers 

The SEM images of obtained fibers are shown in Fig. 

8 for solvothermal BZA treated samples with or 

without K3PO4 catalysts. SEM photographs showed 

clean images especially in the presence of K3PO4 

catalysts, indicating the advantages of the proposed 

method for recovery of the fibers along with 

degradation of the chemical composites.  

 

3.5 Effect of Pressure 

Fig. 9 shows comparison of the experimental results 

obtained at 210 
o
C under atmospheric pressure, and 

at 300 
o
C under near-critical pressure of 9 atm and 

various reaction times. Results indicate that it would 

take only half the time to attain complete 

degradation of the resin when  working with near-

critical pressure compared to the atmospheric 

pressure.  

 

3.6 Analysis of Degradation Products  

Typical GC-MS analysis of the polymer resin 

degradation products is shown in Fig. 10. Results of 

analysis show the presence of amine and ester 

monomers, and compounds related to BZA 

decomposition and reaction with the polymer resins.  

Still, several peaks could not be accurately identified 

based on comparison with the compounds stored in 

NIST database. These compounds were also likely 

related to the decomposition of the epoxy polymer 

resin in the sample. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Amine-containing compounds and some other 

aromatic compounds shown in Table 1 were not 

detected at atmospheric conditions but were 

observed present in solvothermal treated degradation 

products (under pressure).   

 

4. Application to Recycling of Carbon Fiber Golf 

Shaft 

 

The method was applied to recycling of carbon fiber 

golf shaft provided by Fujikura Composites Co, Ltd. 

In this case, treatment was first carried out using 

BZA as a solvent at a temperature of 210 
o
C, under 

atmospheric pressure for 8h in the presence of 

K3PO4 catalysts. With this treatment method, almost 

complete degradation of the resin sample was 

observed. However, some of the decomposed resins 

remained adhering on the surface of the fiber, thus 

further treatment was applied using the proposed 

solvothermal method. In this second step, further 

degradation was carried out using the same BZA 

solvent at a temperature of 300 
o
C (P=1.0 MPa) for 

8h, in the presence of K3PO4 catalyst (10x lower 

than the first step). The experimental conditions and 

images of the recovered fibers are summarized in 

Fig. 11, showing almost complete degradation 

(99%) of the resin as also depicted in enlarged 

images of the recovered fibers. SEM images also 

confirmed the recovered fibers to be clean, damage-

less and well-dispersed.  

 

Table 1. Comparison of the components obtained from the degradation of epoxy resin under atmospheric 

and solvothermal conditions.  
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5. Application to Recycling of Tantalum 

Capacitor 

 

A tantalum capacitor can be seen in almost 

electronic circuits. Typically, this contains pellet of 

tantalum metal that serves as anode, covered by 

insulating oxide layer that forms the dielectric. This 

is surrounded by conductive material, serving as a 

cathode as shown in Fig. 12. Tantalum, a rare metal 

is mainly used for these capacitors.  

With expected high demand for tantalum capacitors 

due to booming electronic industries, a recycling 

technology to recover this expensive and rare metal 

from spent tantalum capacitor should be developed. 

Application of solvothermal BZA method was also 

investigated. Unlike CFRP and golf shaft, 

decomposition of this capacitor would require 

relatively higher temperatures above 300 
o
C, with 

maximum obtained degradation rate of only about 

35%.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 12. Basic structure of a tantalum capacitor 

 

 

 

Fig. 11. Application of the combined atmospheric and solvothermal treatment methods for the recovery of 

carbon fibers from golf shaft.  
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6. Summary of the Results  

Benzyl alcohol (BZA) under atmospheric and 

pressurized (or solvothermal) condition is a good 

solvent for chemical recycling of thermoset 

composite materials, obtaining very clean carbon 

fibers after treatment.  High degradation rate close to 

100% can be obtained in short time of 1h, especially 

in the presence of K3PO4 catalysts. SEM 

photographs of recovered fibers also showed clean 

images, indicating advantages of the proposed 

methods for recycling of chemical composites along 

with recovery of the fibers.   

The use of BZA looks promising due to relatively 

low critical pressure compared with supercritical 

water or any alcohol. Results have shown the 

feasibility of the method to recover the carbon fibers 

from thermoset composite materials, and the outlook 

seems positive for process commercialization. 

However, several factors should be taken into 

account prior to commercialization of the process 

including costs, types of reactors, environmental 

issues with solvents and residues, gas emissions, 

decomposition rates and mechanical properties of 

recovered fibers. 

Application of the methods to recycling of carbon 

fiber golf shaft and tantalum capacitor had also 

shown advantages. The combined atmospheric and 

solvothermal approaches worked well with golf 

shaft, obtaining almost complete decomposition of 

the resin. Clean, undamaged and well-dispersed 

fibers were recovered. However, tantalum capacitor 

would require severe conditions of temperature 

above 300 
o
C, and still yet a low decomposition rate 

of 35% was obtained.  
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1 General Introduction  

Composite materials have found a wide range of 

applications in engineering due to their high 

strength-to-weight ratio, resistance to fatigue and 

environmental influences. Fiber composites are 

laminated anisotropic materials, which damage is 

often not  easily detectable. The increasing demand 

for structural health monitoring has stimulated 

efforts to integrate self-sensing capabilities into 

materials and structures. Surface mounted sensors 

are susceptible to damage and their protection from 

environment is often noticeable extra weight gain. 

Embedding the sensors in housing allows for 

protection from adverse environmental conditions. It 

is also the only means suitable for creating an 

autonomous structure with a smooth surface finish. 

Previous efforts to integrate sensors and MEMS 

devices into fiber-reinforced composites have often 

required that such a device be placed between the 

fiber layers of a composite as it is being fabricated. 

As a result, the device is usually surrounded by the 

matrix phase, typically a polymer, which is generally 

the weaker phase within the composite. Interlaminar 

stresses arise at or near the inclusions and could 

result in delamination, which in turn reduces load 

carrying capability and further reduces the ability of 

an embedded sensor to detect its surrounding 

environment. Therefore, it is necessary to 

characterize the effects of embedding sensors on the 

mechanical properties of the host structural 

composite material.  

The main sources of problems are caused by elastic 

properties mismatch, specifically high difference of 

the modulus of elasticity. 

Embedding electronics inside mechanically working 

composite creates a controversy. The metallic and 

semiconductor parts with high stiffness do not 

comply with the strains of operating composite and 

composite materials on the other hand do not match 

with the embedded foreign objects, which generate 

severe stress concentrations in the host structure.  

Selective laser sintering (SLS) is technology, which 

allows layer-wise build-up of very complex 

geometrical shapes. It is an additive layer 

technology (ALT). SLS is technology which is 

feasible solution for manufacturing a enclosure 

around electronics, which are to be integrated inside 

the main material.  

This article is focused on embedding SLS produced 

components inside main structure. SLS built 

enclosure around composite reduces the elasticity 

mismatch or even isolates the un-compatible 

materials from each other.  

Inserting foreign object inside the laminate is similar 

to the effect of void on the composite structure. The 

change of geometry causes fiber undulation around 

the object and locally increased waviness. This 

change affects significantly structural performance 

of the composite [1]. Beside the undulation the 

embedded object has different elasticity – if it is 

electronics, then it is much stiffer and causes extra 

stresses. In this article SLS produced PA-12 nylon 

enclosure for electronics is inserted in the host 

material. The mechanical properties of PA-12 nylon 

are very similar to polyester resins and epoxy resins. 

Additionally SLS produced PA-12 nylon could 

weaken by hygrothermal influences [2]. A 

phenomenon called plasticization occurs. This 
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further reduces the mechanical strength of the two 

material interface. In order to simulate that, the 

foreign objects had no friction enhancing or room 

interlocking features to increase contact zone 

rigidness. 

 

2 Methodology 

Embedding the electronic components directly in 

composite may lead to impairments of the 

components during fabrication or exploitation of the 

composite structure (mechanical defects, 

overheating, etc). For that reason the additive layer 

technology has been employed for manufacturing 

housings which can host the electronic components.  

Any embedded components have impact on 

mechanical, thermal, etc properties of the composite 

structure. Thus, the design of housings is necessary. 

First the design of experiment has been performed. 

Next the specimens with ALT manufactured 

embedded structures are fabricated and mechanical 

tests performed.  

The finite element (FE) model has been developed 

for modeling the stress-strain behavior of the 

composite structure with embedded components. 

The finite element model is validated through 

comparison with digital image correlation scanner 

results. Also, the results obtained from mechanical 

tests and FE model are compared. The FE model 

developed covers fiber undulation caused by 

embedded objects. 

Based the experimental results the mathematical 

model is developed. 

Finally the size and shape optimization of the 

embedded structure has been performed. The size of 

the pockets formed at ends of the embedded 

structure and the mechanical stresses around the 

embedded structure are considered as objective 

functions. The multicriteria optimization problem 

posed has been divided into multistage optimization 

procedure and solved by use of weighted summation 

technique. Due to presence of integer variables the 

genetic algorithm (GA) was employed.  

 

3 Specimen design 

It is correct to point out that in current context the 

design of specimen contains mainly design of 

housing for electronics which will be mounted in 

specimen (in addition to specimen dimensions, the 

shape and dimensions of the housing are considered 

as design variables). 

The strength characteristics of the specimen have 

been analyzed. The following optimality criteria 

were selected  

 

                  , 

                  , 

                     , (1) 

                   , 

 

where          and    stand for the height and 

length of the pocket, maximal angle of the pocket 

diagonal side and failure stress, respectively. 

Parameters         stand for design variables. 

Before selection of multicriteria optimization 

strategy it is important to understand general 

characteristic behaviour of the optimality criteria 

used [3,4,5]. Preliminar analysis of the optimality 

criteria (1) allows to conclude, that in general:  

 The optimality criteria          given by (1) are 

not contradictional (decrease or increase for the 

same dataset). 

 The optimality criterion    increase with 

decreasing values of criteria          and vice 

versa. However, criterion    is subjected to 

maximization, and there is not contradictional 

with criteria         . 

Thus, there is no need for applying Pareto optimality 

concept for handling conflicting objectives. In the 

following the weighted summation technique is 

employed. The objectives (1) should be first 

normalized, due to their different magnitude. The 

normalization is performed by formulas 
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for objectives subjected to minimization (        ) 

and by formulas  
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  (3) 

 

for objectives subjected to maximization (  ). 

In (2)-(3)         and x stands for the vector of 

design variables. 

According to weighted summation technique the 

combined objective can be written as 
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 min

1





m

i
i

f
i

wf , (4) 

where 
i

w  stand for the weights of the objectives (2)-

(3) and are evaluated as 
 

 25.04321  wwww , (5) 

 

i.e. all are considered to have the same importance. 

The housings for embedded electronics with 

different shapes have different number of design 

parameters        . For that reason the two level 

optimization strategy has been introduced [6,7,8].  

 

3.1. Higher level design 

In higher level design stage the most suitable shape 

and size of the housing have been determined. The 

following geometrical shapes were considered: 

 rectangular  

 trapezoid 

 round 

 ellipse 

The size of the each shape has been varied. Two 

parameters have been considered for each shape 

with the exception of trapezoid and circle. Circular 

cross-section has only diameter as variable and 

trapezoid has three parameters: height, width and the 

angle of sides relative to base. The full factorial 

design of experiment has been employed for shapes 

except trapezoid. In latter case the Taguchi design of 

experiment was applied. The size range was chosen 

to accommodate the structure to specific electronic 

device. Circular cross-section has no real application 

potential. It was used in order to investigate the fiber 

undulation around short object. The variables are 

discrete values as shown in Table 1. 

Table 1: Variables of geometrical shapes 

Shape 

Length 

[mm] 

Height 

[mm] 

Side angle 

[°] 

Ellipse 10; 25; 40; 1; 2; 3; - 

Circular diameter 1.5mm; 2mm; 4mm; 

Rectangular 10; 25; 40; 1; 2; 3; - 

Trapezious 10; 25; 40; 1; 2; 3; 50; 53; 56; 

 

The level values for Taguchi method is therefore 3. 

Three parameters and three levels would require in 

full factorial testing 3
3
 or 27 combinations. Taguchi 

design matrix is depicted in  

Table 2. P1, P2 and P3 are parameters. Based on that 

methodology the trapezoid shape dimensions are 

derived as shown in Table 3. 

 

Table 2 Parameter values and experiment 

Experiment P1 P2 P3 

1 1 1 1 

2 1 2 2 

3 1 3 3 

4 2 1 2 

5 2 2 3 

6 2 3 1 

7 3 1 3 

8 3 2 1 

9 3 3 2 

 

 

Table 3 Parameter values for trapezoid 

Nr. Width, mm Height, mm Angle, ° 

1 10 1 50 

2 10 2 53 

3 10 3 56 

4 25 1 53 

5 25 2 56 

6 25 3 50 

7 40 1 56 

8 40 2 50 

9 40 3 53 

 

In the case of full factorial design, three parameters 

and three levels are needed 3
3
 = 27 testing 

combinations instead of 9 used for Taguchi design.  

Numerical analysis performed allows concluding 

that the ellipse appears to be most suitable shape of 

the housing. Also the optimal values of the height 

and width of the housing are found to converge to 1 

and 25, respectively. However, the results depend on 

selected values of weights (5), also from accuracy of 

the measured values of objectives functions. The 

smaller height of the housing is obviously better – 

causing less damage of the structure by not 

influencing the straightness of fiber bundles. 

Actually here are a lot of options for the selection, 
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design of embedded electronics depending on its 

price, aptitude, etc. Unfortunately, not all variants of 

embedded electronics can by fitted in housing with 

height values equal to 1mm and even to 2 mm. Thus, 

different heights should be considered for future 

analysis (cost can be included).  

 

 

3.2. Lower level design 

In lower level design the selected elliptic shape of 

the housing is assumed, but certain improvement of 

the shape is introduced. Namely, the elliptic shape is 

divided into two parts, consisting from two ellipses 

with different half-axis (see Figure 1). 

 

 

Figure 1 Design variables: minor half-axes 

  

The minor half-axes of the ellipse are considered as 

design variables. For fixed values of the minor half-

axes the major half-axes values are determined by 

total length of the ellipse and continuity conditions. 

The remaining design variable considered in lower 

level design is the length of the specimen. 

Preliminary numerical results obtained include 

optimal design where the value of the length of 

specimen is near minimal value considered and the 

minor half-axes of the lower ellipse (see Figure 1) is 

substantially smaller than minor half-axes of the 

upper ellipse (1/2…1/4 depending on total height of 

the ellipse).  

The mathematical model introduced for data fitting 

is based on use of artificial neural networks and is 

satisfactory. However, in order to improve the 

accuracy of the obtained results, the dataset used 

need to be completed, the design area enlarged 

(limits of design variables extended).    

  

4 Experimental testing  

 

4.1  Specimen manufacturing  

The reinforcement is biaxial 0°/90° non-crimp type 

glass fiber fabric type Saint-Gobain ELT 600 125 

FMA 5008 C with surface density 600g/m
2
. The 

matrix is vinylester resin ATLAC 580 ACT with 

hardener Butanox M50 (1,5% volume fraction of 

resin). The mechanical properties of the laminate are 

depicted in Table 4.  

The foreign objects are manufactured with selective 

laser sintering machine EOS GmbH Formiga P100. 

Selective laser sintering technology allows to create 

complex shapes with almost no geometrical limits. 

The base material is PA-12 polymer (EOS PA2200). 

The foreign objects were cleaned with pressurized 

air and acetone before the lamination process to 

remove any residue from laser sintering process. 

 

The foreign objects were laminated between 6 plies 

of laminate on the mid-plane, the lay-up notation is 

[0°/0°/0°/ ForeignObject /0°/0°/0°]. The specimen 

was laminated at 0.8 bar vacuum and post-cured 

after manufacturing at 60°C for 16 hours.  

 

The specimens were cut-out from workpiece with 

high speed milling machine at 32000 RPM with low 

feed rate in order to minimize the specimen edge 

delamination probability.  

 

 

 

 

Figure 2 Resin pocket example 
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Ex, Ey 19,6GPa 

Ez 5GPa 

υxy 0,26 

υyz 0,01 

υxz 0,01 

Gxy 3,28GPa 

Gxz, Gyz 1,6GPa 

σx
c
, σy

c
 215,9MPa 

σx
t
, σy

t
 304,7MPa 

τxy
0,2

 23,1MPa 

Table 4 Mechanical properties of laminate 

 

 

4.2 Examination of preliminary specimens 

 

The undulation size and shape will be estimated 

from sectioned specimens with microphotography. 

The measurable parameters are depicted in Figure 2. 

It is known from various authors that fiber waviness 

is one of the most critical parameters of composite 

mechanical properties[11,12,]. In this article simple 

waviness parameters like amplitude and wavelength 

are not sufficient to describe the resin pocket 

properties. This is because the resin pocket around 

foreign object is single event not repeating pattern.  

Lemanski and Sutcliffe [10] measured fiber 

misalignment angle influence on the mechanical 

properties of unidirectional laminate. In this research 

the measurable parameters are as mentioned in 

methodology section  the height H and length L of 

the pocket, maximal angle      and average 

angle     of the pocket diagonal side and failure 

stress   , respectively. All the parameters except of 

failure stress can be measured from microcope 

pictures. The examination results are shown for all 

three thicknesses accordingly in Table 5, Table 6 and 

Table 7.  

The data from these tables was inserted in weighted 

summation optimization procedure. The weight 

values are taken from equation (5). 

 

Table 5 measured parameters for 1 mm thick foreign 

objects. 1-ellipse, 2-rectangular, 3-trapezoid. 

Shape Length 

Pocket 

height 

Pocket 

length 

Avg. 

undulation 

angle 

Max. 

Undulation 

angle 

  [mm] [µm] [µm] (°) (°) 

1 10 689 5204 7 10,2 

1 10 546 3169 9,3 10,6 

1 25 648 8820 4 7,8 

1 40 642 10790 3,6 8,4 

1 40 995 11669 5,4 12 

2 10 1184 9451 5 6,9 

2 10 1257 10480 4,6 8,4 

2 25 1077 11087 3,2 7 

2 25 1256 11662 2 5 

2 40 1248 13984 3 3,8 

3 10 926 7119 8 10,7 

3 25 986 9473 5,4 10,5 

3 25 1063 9444 6,2 13,5 

3 4 1057 7264 6,7 8,5 

 

Table 6 Results for 2mm thick foreign objects 

Shape Length 

Pocket 

height 

Pocket 

length 

Avg. 

undulation 

angle 

Max. 

Undulation 

angle 

  [mm] [µm] [µm] (°) (°) 

1 1 1520 10280 4 7,3 

1 1 1747 9984 3,3 5,7 

1 2,5 1027 9036 4,6 6 

1 4 1846 13830 6,4 9,8 

2 1 2232 9976 9,8 17,7 

2 1 2097 11546 9 14,5 

2 2,5 2195 12760 9,6 16 

2 4 2241 10582 7,8 12,1 

3 1 1822 13736 6,8 10,1 

3 2,5 1779 10533 8,3 14,6 

3 4 1576 11467 9 16,6  
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Table 7 Results for 3mm thick foreign objects 

Shape Length 

Pocket 

height 

Pocket 

length 

Avg. 

undulation 

angle 

Max. 

undulation 

angle 

  [mm] [µm] [µm] (°) (°) 

1 1 2501 16746 5,2 8,6 

1 1 2262 15335 6,7 10 

1 2,5 951 8417 11,3 19,1 

1 2,5 1301 8018 12,6 21 

1 4 1544 18560 4 8,4 

2 1 3151 13220 10 13,3 

2 1 3420 13732 7,4 12,2 

2 2,5 3000 11494 11 20 

2 4 3069 11573 10,4 13,8 

3 1 2483 13116 12,5 17,3 

3 2,5 1722 8843 17 29 

3 2,5 1596 6417 19 31 

3 4 2643 13908 8,4 11  

 

4.3 Design of new specimens 

Based on the results of weighted summation 

optimization method the smallest influence on fiber 

undulation has ellipse with dimensions 25mm x 

2mm. It was discovered during the microscopic 

examination procedure that some slender ellipses 

tried to conform to the flat manufacturing mould 

surface by bending the closer surface curvature to 

collinearity with mould surface. Therefore it is 

proposed that most suitable shape for foreign object 

should be instead composed of two half ellipses with 

different minor radiuses. Batch with different half 

ellipse combinations was manufactured. The length 

of ellipse stood the same 25mm value, but the minor 

radius combinations were varied as depicted in  

 

 

Table 8. Two possible thicknesses for the whole 

foreign object were chosen. Also an un-common 

combination of half-ellipse and straight line was 

used(the sharp ends were rounded by fillet with 

radius 0,18mm). 

 

 

 

Table 8 Dimensions of new specimens 

Length 

[mm] 

Minor 

radius 1, 

[mm] 

Minor 

radius 2 

[mm] 

Total 

thickness 

[mm] 

25 2,75 0,25 3 

25 1,5 0,5 2 

25 3 flat 3 

25 1,75 0,25 2 

25 1,25 0,75 2 

25 2,5 0,5 3 
 

4.4 Examination of new specimens 

The new batch specimen had microphotography 

based measurements repeated analogically to the 

previous batch. The results are in Table 9. 

 

Table 9 Results for new specimens 

Shape 

Pocket 

length 

Pocket 

height 

Avg. 

undulation 

angle 

Max. 

undulation 

angle 

[µm] [µm] (°) (°) 

1 4117 806 8,3 12,8 

2 9203 1827 10,8 15 

3 3650 764 8,8 12 

4 14543 1653 5,5 11,3 

5 1773 664 16,6 24 

6 5705 1154 9,9 14,5 

 

4.5 Mechanical testing 

The specimens with embedded object were tested 

only for tensile loading. It was concluded from 

previous research [9] that the main source of failure 

is delamination initiated from resin pockets at the 

interface surface of foreign object and matrix. The 

failure mechanisms are similar for compression and 

tension, only difference is the properties reduction 

magnitude. The tensile testing is less sensitive to 

manufacturing faults, therefore it was chosen as 

more reliable method. Testing was carried out with 

tensile testing machine Instron 8516 coupled with 

digital image correlation (DIC) scanner GOM 

ARAMIS 2M. The base standard for test settings 

was ISO 527-4(equivalent to ASTM D3039). The 
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testing results are depicted on Figure 3 and 

summarized in Table 10. 

 

 

 

Figure 3 Tensile testing results chart 

N
o
. Thickness 

of undist. 

section 

[mm] 

Thickest 

point at 

for.object 

[mm] 

Minor 

radius 

1 

[mm] 

Minor 

radius 2 

[mm] 

Failure 

stress 

[MPa] 

SLS1 3,12 6,4 2,75 0,25 155,6 

SLS2 2,93 5,3 1,5 0,5 231,6 

SLS3 3,1 6,6 3 0 236,1 

SLS4 3 5,3 1,75 0,25 202,8 

SLS5 3 5,1 1,25 0,75 261,2 

SLS6 3 6,3 2,5 0,5 252,3 

    
Average: 223,28 

Table 10 Tensile testing results 

The highest strength had specimen number 5, which 

was 16,9% higher than the average. This specimen 

had also very small resin pocket which was tightly 

packet by three 90° fiber yarns. Cross-section image 

is shown in Figure 4. The tensile strength was 

determined from DIC scanning images. The 

laminate was considered to failed after the first 

macrocrack occurrence. 

Figure 4 Specimen number 5 cross-section image. 

Foreign object visible at the right side of the picture.  

4.6 Digital image correlation results 

The strain distribution around and inside the 

embedded device was measured in thickness 

direction at the side of the specimen using 

digital image correlation scanner GOM 

ARAMIS 2M similiarly to one of the authors 

previous works [9]. The surface strains of the 

specimens were measured with a digital image 

correlation system (DIC) GOM ARAMIS 2M. The 

measuring volume was set to 35 mm x 25 mm. 

System measuring parameters were as follows: the 

computational size was set to 3, validity quote to 

55%. The computation type was set to total strain 

method and plane stress. 

 

 

Figure 5 The strain distribution of specimen 5 at 

failure stress 

 
The major strain distribution around on the specimen 

edge is shown in Figure 5. It is evident that the 

delamination starts from the resin pocket, although it 

is quite small.  

 

 

 

 

 

 

 

 

 

ICCM19 843



 

FOREIGN OBJECT INDUCED FIBER UNDULATION INFLUENCE ON 

MECHANICAL PROPERTIES OF COMPOSITE LAMINATE 
 

 

5 Conclusions 

The two level optimization procedure is developed 

for solving multicriteria optimization problem 

posed. An analysis of the optimality criteria is 

performed and the weighted summation technique 

applied. The response modeling is utilized by use of 

artificial neural networks. The multilevel 

optimization strategy proposed allows decomposing 

initial problem into two simpler tasks, which can be 

solved sequentially. The obtained numerical results 

contain optimal shape and size of the housing for 

embedded electronics.  The optimization procedure 

helps to minimize the resin pocket dimensions, 

which criticality as a delamination starting point has 

been verified by the digital image correlation 

scanning.  
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1. General Introduction  

 

Fiber-reinforced plastic composites are becoming 

one of the most important lightweight materials, 

particularly in aircraft, F-1 cars, and the wind-energy 

industry, because of their high specific stiffness and 

strength, as well as their outstanding fatigue 

performance and high chemical resistance, and 

become irreplaceable nowadays. Depending on the 

polymers that used as the matrix, these materials can 

be classified into two categories, fiber reinforced 

thermosetting plastic (FRP) and fiber reinforced 

thermoplastic (FRTP).   The FRTP have several 

advantages over those based on thermosetting plastic 

materials, including improved toughness and better 

recyclability as well as the possibility of a rapid 

processing cycle that does not involve a chemical 

reaction [1]. The commonly employed molding 

methods for fiber reinforced thermoplastic 

composites are injection and compression moldings, 

in which the discontinuous fibers are dispersed in 

the thermoplastic matrices as the reinforcement; 

hence the enhancement cannot be compared with 

that of continuous fibers. Be reinforced by 

continuous fibers the thermoplastic composites can 

be expected for superior mechanical properties. 

The main problem in using the thermoplastic 

matrices for composites is the difficulty in 

impregnating the fibrous reinforcement with the 

higher viscosity resins (100-5000Pa·s) compared to 

thermosetting (typically less than 100Pa·s) [2,3]. As 

a result of high melt viscosity it requires 

significantly high processing temperature and 

pressure during fabrication, but thermoplastic 

matrices usually have a very high melting or 

softening temperature close to their degradation 

temperature, indicating that it is not successful to 

reduce the viscosity by raising the processing 

temperature. This is the major drawback of 

thermoplastic composites which limited their 

properties and extensive applications. 

For years, some methods have been developed 

for improving the impregnation of reinforcing fiber 

with thermoplastic matrices, which are [4,5] (1) film 

stacking method (2) plied matrix method (3) powder 

method (4) Co-woven method (5) Commingled yarn 

method. The schematic drawing of these methods 

were shown in figure 1. These efforts were made 
on the mixing approach of matrix and reinforcement 

to reduce the impregnation length which means the 

distance that the matrix resin must flow in order to 

complete the impregnation process to the required 

level under proper heat and pressure [6]. On the 

other hand, other efforts have been made on the 

approaches for reducing the viscosity of matrix in 

the impregnation process. Such as polymerization of 

monomers in situ [7], which is limited in the 

polymer matrix can be polymerized in situ, and a 

more fruitful variant of this approach is using a low 

molecular weight thermoplastic polymer and then 

increasing the molecular weight by chain extension 

after impregnation has taken place [8]. Also the 

methods of using solvent and plasticizer [9,10] are 

taking into account; the most important aspect to be 

remembered is that the solvent must be removed 

from the manufactured composite after impregnation. 

Most of the methods mentioned above are 

working on the fiber bundles level, and the mixing 

and low viscosity methods all have beneficial effects 

on the impregnation process. But for the woven 

reinforcement fabrics having many interweaving 

points between warp and weft yarns redoubles the 

impregnation length of fiber bundles. It becomes 

much more difficult to acquire perfect impregnation. 
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According to the law of mixture, the final composite 

product mechanical properties are greatly influenced 

by the fiber volume fraction [11]. It is useful for 

transferring the properties of reinforcement to the 

integer composite with a high fiber volume fraction, 

thus, it is necessary to improve it as much as 

possible, in ideal condition, it is expected that the 

most volume in the composite is occupied by fiber, 

and the rest is matrix which forming good adhesion 

between the fibers. Therefore, it is considered that 

impregnation at low viscosity is much more 

preferable in manufacturing fiber reinforced 

thermoplastic composite. 

For achieving better impregnation and higher 

fiber volume fraction, in this paper, a new vacuum 

assisted solution impregnation prepreg thermoplastic 

composite molding method was proposed, and the 

feasibility of this method was confirmed by the 

mechanical properties of the resultant composites. In 

this proposed method, the Poly (p-

phenylenebenzobisoxazole) (PBO) fabric with plain 

weave was used as the reinforcement, to improve the 

bonding strength between the reinforcement fiber 

and the thermoplastic matrix the fabric was firstly 

treated by corona discharge surface treatment, then 

the treated fabric was impregnated by solution of 

thermoplastic under vacuum circumstance, after the 

volatilization of solvent the thermoplastic prepreg 

can be prepared for the further composite plate 

manufacture. The laminated prepreg sheets were hot 

pressed to prepare fiber reinforced thermoplastic 

composite, after the fiber fraction was calculated, the 

mechanical properties were investigated and 

compared with those of thermosetting composite 

reinforced by the same original fiber. 

 

2. Experimental 

2.1 Materials and composite manufacture 

 

PBO fiber, a rigid-rod isotropic crystal polymer 

material, is one of the high performance synthetic 

fibers which display many excellent properties such 

as the high Young modulus, superior tensile strength 

and excellent thermal resistance [12-14] in 

comparison with the traditional polymeric materials. 

The PBO fiber can be used as reinforcement for 

advanced composites and has great potential 

applications in the fields of aeronautical and 

astronautical, military industry, general industry and 

other advanced domains [15]. The PBO reinforcing 

fabric used in this paper is ZYLON® HM (High 

Modulus) supplied by TOYOBO co., LTD., with 

tensile strength and modulus of 5.8GPa and 270GPa 

respectively. 

The thermoplastic matrix used in this study is 

crystalline co-polyester obtained from TOYOBO co., 

LTD., with the following main physical properties: 

glass transition temperature is 78°C, no established 

melting point but softening point at 185°C and a 

melt viscosity of 7000dPa·s at 250°C. 

The NMP (N-methyl-2-pyrrolidone, KANTO 

CHEMICAL CO., INC.) served as the solvent for 

preparing the impregnation solution of the 

thermoplastic matrix. 

In order to achieve better impregnation, the 

crystalline co-polyester resin was dissolved in NMP 

using a hot-plate magnetic stirrer (Coring PC-420D) 

at different weight percentages (15, 20, 25, and 30 

wt%) at 100 °C. The viscosity of the solution was 

measured using viscosity-measuring equipment 

(Brookfield Viscometer DV-I Prime), based on JIS 

K 7117-1 (plastic resins in the liquid state or as 

emulsions or dispersions; determination of apparent 

viscosity by the Brookfield Test Method) and 

compared with that of an epoxy resin. 

PBO fabric is produced for clothing 

applications and has a chemically inert smooth 

surface and few oxygen-containing functional 

groups. The performance of a composite depends 

largely on the interfacial adhesion between the 

matrix and the reinforcement, which determines how 

stress is transferred from the polymer to the 

reinforcing fiber. It is therefore necessary to improve 

the adhesion properties using a fiber surface 

treatment [16-18]. In this work, a corona discharge 

(Corona Master PS-1M, Shinko Electric & 

Instrumentation Co., Ltd.) surface treatment was 

used as a chemical reactor to add polar bonds and 

hydrogen bonds to the fiber surface; the bonds most 

frequently encountered are C–O, C=O, C–O–O·, and 

C–OOH [19]. These bonds are promising for 

increasing the bonding strength between the PBO 

fibers and the thermoplastic matrix. 

Next, the hand layup method was used for pre-

impregnation of the reinforcing fabric with the 

matrix solution, which has a much lower viscosity 

than the melted resin. After hand layup pre-

impregnation, the fabric was placed in a vacuum 

oven, and the temperature was increased from 

ambient temperature to 200 °C under vacuum over 2 
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h. During this process, the vacuum helped to achieve 

better impregnation and complete volatilization of 

the solvent NMP. The prepreg was obtained after 

returning to room temperature and atmospheric 

pressure, during which the thermoplastic resin froze 

to a rigid state. 

During prepreg manufacture, to verify that the 

solvent was completely removed, the weight of the 

reinforcing fabric (wF) and the weights before and 

after solvent evaporation (wb and wa, respectively) 

were measured. Then equation (1) was used to 

calculate the weight percentage (wt%) of the 

solution used in the experiment. By comparing the 

result with the weight percentage of a prepared 

solution, it could be determined whether or not the 

solvent was completely removed. 

 

%100% 





Fb

Fa

ww

ww
wt                                      (1) 

 

The prepreg sheet was then hot pressed (table-

type test press, SA-302, Tester Sangyo Co., Ltd.) at 

200°C and 0.26 MPa to tidy the surface and squeeze 

out excess resin before the next manufacturing step. 

This step is helpful for improving the fiber volume 

fraction in the final composite product. 

In composites manufacture process prepreg 

sheets were laminated in the metallic molds (Fig. 3) 

with different thickness and hot pressed under the 

same pressure, temperature and pressure residence 

time, which were 7.8MPa, 200℃ and 30min, after 

the process cycling, test samples with different fiber 

volume fraction were prepared. For tensile property 

comparison, the PBO fabric treated by corona 

discharge treatment reinforced epoxy resin (epoxy 

resin XNR 6815, harder XNH 6815, Nagase 

ChemteX Corporation) composite prepared by hand 

layup method was also put to tensile test. 

 

2.3 Bonding and tensile tests 

 
In the bonding tests, the prepreg was arranged 

according to the diagram in Fig. 4. After hot 

pressing for 30 min at a pressure of 6.97 MPa, a 

bonding test was performed using a Shimadzu 

Autograph at a drawing velocity of 10 mm/min. The 

average bonding strength was calculated from at 

least five specimens. The bonding strength of a 

PBO-fiber-reinforced epoxy resin was also 

investigated for comparison. 

Samples were cut from the fiber-reinforced 

composites and tensile experiments were performed 

using a Shimadzu Autograph, based on JIS K 7054 

(testing method for tensile properties of glass-fiber-

reinforced plastic). The size of the test sample is 

shown in Fig. 5, and the drawing velocity was 1 

mm/min. Two strain gages (KFG-5-120-C1- 

11L1M2R, Kyowa Electronic Instruments Co., Ltd.) 

were longitudinally bonded at the center of both 

sides of each test specimen to get the actual tensile 

modulus. An average was taken from at least five 

specimens of each sample. 

 

3. Results and discussion 

3.1 Bonding property 

 

In order to find out the influence of corona 

discharge treatment on bonding property, the 

fabric treated for 0s, 5s, 10s, 15s and 20s (the 

length of the fabric is 20cm) reinforced 

composites (the matrix mass fraction in the 

solution is 25%) were investigated, the bonding 

experiment results are shown in fig. 6. In the 

graph, the bonding strength does change with 

the treatment time, so the treatment time was 

decided to 10s, which has the best treatment 

effect shown in the experiment results.  
The bonding strength of fabric with the same 

treated time (10s) impregnated by different matrix 

(the thermoplastic solutions with different matrix 

mass fraction of 15%, 20%, 25% and 30% and 

epoxy) were studied to find out the influence of 

matrix mass fraction on the bonding property. The 

testing results are shown in fig. 7. 

When the resin mass fraction is 30wt%, under 

the vacuum assistance in prepreg manufacture, the 

bonding strength was increased about 35%. The 

vacuum assistance is not only conducive in assisting 

impregnation but also in solvent volatilization. 

Because of the existing pressure difference, the left 

void in the fabric after hand layup pre-impregnation 

was eliminated, and the matrix will be filled in. In 

addition, the solvent was gasified during the 

temperature increase from ambient temperature to 

200℃ and the gaseous solvent was immediately 
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removed from the fabric lamina without leaving any 

void in the fabric lamina. 

Table 1 shows the weights measured during the 

prepreg manufacture and the calculated solution 

weight percentages; these results confirmed that 

there was no residual solvent left in the prepreg. It is 

therefore unnecessary to worry about the negative 

impact of the residual solvent on the final 

composites properties. 

Considering the influence of resin mass fraction, 

it has the best bonding property at 20wt% and 

25wt% which is similar to that of epoxy. From the 

viscosity curve of the matrix in Fig.8, it is because 

the solutions (20wt% and 25wt%) have similar 

viscosity with epoxy and proper amount of matrix, 

which are helpful for getting perfect impregnation. 

When the mass fraction is 15wt%, it is easy for 

impregnation but the amount of matrix is too low 

that leave some void between the fiber laminations 

leading to weak bond among the fiber laminas, 

which made the sample has the worst bonding 

property; when the mass fraction is 30wt%, the 

viscosity is higher than others (15wt%, 20wt% and 

25wt%), the impregnation is not as good as 20wt% 

and 25wt%, so the bonding strength is lower even 

the amount of resin is the highest. In the matrix 

solution, the solution viscosity and amount of resin 

are contrary parameters which both have strong 

effects on the final product, in this paper, from the 

results of bonding test, the mass fraction equilibrium 

points are at 20wt% and 25wt%. In tensile test, the 

prepreg produced by 25wt% matrix solution 

impregnating PBO fabric was prepared for making 

composite plate. 
 

3.2 Tensile properties 

 
Fig. 9 shows a representative tensile stress-

strain curve of PBO reinforced thermoplastic 

composite with a fiber volume fraction of 61%. The 

sample was broken at the mark “×” and the tensile 

strength was taken from this point. The gradient of 

the dashed line in the graph is considered as the 

tensile modulus of the test sample. The average 

tensile strength and tensile modulus were shown in 

fig. 10. 

In ZFRTP both the tensile strength and tensile 

modulus are improved with the increased fiber 

volume fraction. In ZFRP the fiber volume fraction 

is a bit lower than that of ZFRTP which is depend on 

manufacture condition. By calculation, the tensile 

strength of ZFRTP and ZFRP is similar, and ZFRP 

has a higher tensile modulus than ZFRTP if the fiber 

volume fractions are the same. In addition, the resin 

may have strong effect on the tensile modulus. 

By investigating the tensile properties of PBO 

fiber reinforced both thermoplastic and 

thermosetting plastic, they have the similar tensile 

properties which indicated that the molding method 

of using thermoplastic resin solution and vacuum 

assisted impregnation in the manufacture of 

thermoplastic composite is available. 

 

4. Conclusion 

 
Vacuum-assisted solution impregnation prepreg 

thermoplastic composite molding, to improve the 

fiber volume fractions in FRTP composites, was 

investigated. After pre-impregnation of the 

reinforcing fibers with thermoplastic resin solution, 

a vacuum was employed for further impregnation 

and solvent volatilization in the prepreg 

manufacturing process. The treatment time for the 

fabric and the solution conditions were determined 

(10s/20 cm and 25 wt%, respectively) based on 

bonding tests. Under the determined manufacturing 

conditions, the fiber volume fraction in the 

thermoplastic composite material reached 60%, 

which is similar to those of laboratory-produced 

fiber-reinforced thermosetting composites. The 

tensile strength and tensile modulus were improved 

to levels similar to those of PFRP after the fiber 

volume fraction of PFRTP was improved. Tensile 

tests and comparisons confirmed the effectiveness of 

vacuum-assisted solution impregnation. The 

feasibility of the proposed method was confirmed, 

and its application is promising in the manufacture 

of carbon- or glass-fiber-reinforced thermoplastics 

when the reinforcing materials are in the form of 

fabric. 
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Fig. 1. Schematic drawing of conventional fabrication methods of continuous fiber reinforced thermoplastic composite 

materials: (1) Film stacking method; (2) Plied matrix method; (3) Powder method; (4) Co-Woven method and (5) 

Commingled yarn method. 

 

 
Fig. 2 Diagram of metallic mold used in hot press process. 

 

 
Fig. 3 Diagram of bonding test sample. 

 

 
Fig. 4 Diagram of tensile test sample. 
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Fig. 5 Influence of corona discharge treatment time on the 

bonding strength. 

 

 
Fig. 6 Influence of resin on the bonding strength. 

 

 
Fig. 7 Viscosity curve of the matrix. 

 

 
Fig. 8 Comparison of tensile properties. 

 

Table 1. Calculated solution weight percentage when the 

prepared solution weight percentage is 25%. 

 

 wF (g) wa (g) wb (g) wt% 

1 137 151 192 25.45% 

2 139 151 187 25.00% 

3 138 151 189 25.49% 
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1 Introduction

Thermostamping of fabrics is a composite
manufacturing process that has potential for yielding
quality parts with processing costs and time margins
that are comparable to the fabrication of stamped
metal parts. Researchers have shown that
thermostamping of a prepreg fabric can be a cost-
effective composites manufacturing process with a
cycle time of only seconds [1]. In the current
research, LS-DYNA is used to simulate the forming
a plain-weave (PW) Twintex® (Fig. 1). Twintex®
is made of commingled E-Glass and polypropylene
filaments which are woven into conformable fabrics.
A hemisphere formed from Twintex® using the
thermostamping process is shown in Fig. 2.

The thermostamping process (Fig. 3) for Twintex®
starts with the alignment of the fabric in a rigid
frame. Multiple layers of fabric are often stamped
into one part to achieve the desired part thickness
and mechanical properties. The frame and fabric are
placed in an oven and are soaked until the fabric
reaches a desired temperature for the thermoplastic
(polypropylene) fibers to melt. The melting of the
polypropylene (PP) fibers infuses the fiberglass
fibers and removes the need for a resin infusion step.
The frame is then aligned with a punch and die, and
binder plates are often used to apply force around
the circumference of the part. The application of
force by the binder plate induces in-plane forces that
can reduce wrinkling of the fabric as it is drawn into
the die by the punch. The tools (punch, die and
binder plate) are often heated to slow the rate at
which the thermoplastic cools. Transfer of the fabric
aligned in the frame from the oven to the press is
accomplished by moving the fabric holder along
shuttle rails. The finished piece assumes the
geometry of the die and punch and hardens into a
solid part after the thermoplastic has cooled.

Fig. 1. Image of plain-weave Twintex® fabric (left)
and schematic of warp/weft layout (right)

Fig. 2. Formed hemisphere made using the
thermostamping process

Fig. 3 Schematic example of the
thermostamping process
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The processing parameters, e.g. the use or nonuse of
binders, associated with the thermostamping
operation can have a significant effect on part
quality. The finite element capabilities of LS-DYNA
offer the ability to investigate through simulation
how choices in the processing parameters can
influence part quality. However, before using
LS-DYNA for such an investigation, an
understanding of the how the modeling options
influence the simulation results must be available to
the modeler. The objective of this paper is to
explore some of these modeling options.

2 Background

Simulation of the forming process can assist in the
design of composites by linking the final form of the
composite to be used in service back to the
manufacturing process. The simulation of this
forming process requires a good understanding of
the mechanical behavior of the fabrics. A reliable
simulation will help to explore the processing
conditions in which the part can be formed without
defects, such as wrinkles or tearing, while
maintaining a cycle time that is as short as possible.
In addition, a simulation tool can provide the
orientation of the fabric constituents after
thermostamping. This information is of great
importance for structural analysis of the formed part.
Such structural analyses may include modal analysis,
stiffness and damage tolerance. The finite element
method is very amenable to the development of a
simulation tool for woven-fabric composites because
it can account for the mechanical behavior of the
fabric and the complex boundary conditions, such as
the absence or presence of a binder.

A hybrid finite element discrete mesoscopic
approach has been implemented in the commercially
available finite element package LS-DYNA to
simulate the forming of composite parts using
Twintex® woven fabrics. This approach uses beam
elements to represent the tensile properties of the
yarns and shell elements to represent the shear
properties of the dry fabric. This modeling technique
captures the evolution of the orientation of the
principal load paths as the yarns rotate during the
thermostamping process. Fig. 4 shows a unit cell of
such a modeling approach for the case of a plain-
weave fabric. Details of the beam-shell model are
given in [2].

The use of common element types allows this
technique to be extended to other widely-used finite

element packages having user-defined material
subroutine capabilities, such as Abaqus and ANSYS,
without needing special-purpose element types. This
approach is appealing to industry because of the
direct integration with such commercially available
finite element software.

Fig. 4. Plain-weave fabric Unit Cell

3 Material Characterization

The material properties used in the analysis for the
Twintex® PW fabric are given in Table 1. Woven
fabrics are typically comprised of two sets of yarns
intertwined, known as the warp and the weft yarns
defined by their orientation. As shown by the
schematic in Fig. 1, warp yarns run lengthwise along
the fabric, while the weft yarns, also denoted the fill
yarns, run from side to side.

Table 1. Twintex® PW material properties

Manufacturer Style TPEET22XXX

Weave Type Plain (PW)

Yarn Material Glass/PP

Area Density 743 g/m2

Linear Density 1870 tex

Thickness pre consolidation 1.2 mm

Thickness post consolidation 0.5 mm

Yarn Interval [Warp/Weft] 2 mm

For a woven fabric, the two deformation
mechanisms at the mesoscopic scale are
(1) decrimping (straightening) of the fibers and
(2) in-plane shearing of the fabric. The tensile
deformation of the yarns is primarily a result of the
decrimping. After the yarns have fully extended,
then in-plane shearing is the principal mode of
deformation during the thermostamping process.
The in-plane shearing results in a change of angle
between warp and weft yarns and the inter-ply yarn
rotations allow the fabric to trellis such that it can
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conform to three-dimensional compound-curvature
surfaces. It is important to integrate the fabric’s
measured material properties into the finite element
model to generate an accurate forming simulation.

Regressions of experimental data are used to
conclude empirical models that are then
implemented into the user-defined material
subroutines to capture the mechanical behavior of
the fabric material in the finite element solver.
Finite element models of the various tests are
completed to validate that the fabric behavior can be
properly simulated using the finite element method.

3.1 Tensile Behavior

In a woven fabric, each yarn passes over and under
many yarns, which results in the undulation of the
fibers (Fig. 5, top). When a fabric is pulled in the
axial direction of the yarns, the deformation of the
fabric is composed of two distinct modes. The first
deformation mode of the yarn is the tightening of the
yarn undulations. After the yarn fully extends, as
shown in the bottom of Fig. 5, the second mode of
deformation is the axial stretching of the yarns.
Therefore, when calculating the properties of the
fibers, it is critical to define these two modes of
tensile deformation.

Fig. 5. Undulating yarn in woven fabric (top) and
fully extended length (bottom)

Uniaxial tensile tests of single yarns were performed
on an INSTRON 4464 with a 2-kN load cell. The
testing was conducted as directed in the ASTM
D2256 Standard Test Method for Tensile Properties
of Yarns by the Single-Strand Method [3]. Pneumatic
cord and yarn grips were used, and the gauge length
was set to be approximately one meter to minimize
the effect of the deformation in the grips. The use of
a strain gage was not possible due to the specific
nature of the tested material. After testing a range of
displacement rates between 0.08 mm/s and 8 mm/s,

it was determined that there was no obvious strain-
rate dependence over this range, and the
displacement rate was set at 5 mm/s for completing
the tensile contribution of the material
characterization.

The load-displacement data were collected for five
samples, and the effective stiffness of the yarns was
determined from the slope of the stress-strain curve.
The stress-strain behavior of the fabric yarn was fit
with a 4th-order polynomial extrapolation while
undergoing decrimping, and a linear fit was used
after the yarn had reached full extension, as shown
in Fig. 6.

A simple finite element model was generated to
replicate the tensile test, and a comparison of the
simulated results to the experimental data is
provided in Fig. 6. The finite element model
accurately replicated the experimentally determined
results. The good correlation was expected due to
the simplicity of the finite element model and the
direct integration of tangential modulus into the
analysis via a curve fit of the measured tensile data.

Fig. 6. Comparison between experimental and
LS-DYNA PW tensile stress vs. true strain

3.2 Shear Behavior

During the thermostamping process, intra-ply shear
is the most dominant deformation mechanism
undergone by a woven fabric. Therefore, correctly
characterizing the intra-ply shear behavior of a
woven-fabric is a critical input for accurately
modeling the thermostamping process.

The shear frame test, also known as the trellis-frame
test and picture-frame test, was used to characterize
the in-plane shearing behavior of the fabrics. A
general schematic of the shear frame test fixture is
shown in Fig. 7.
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Fig. 7. Shear frame test fixture [4]

During the first stages of deformation, the yarns
begin to rotate and possibly slip (Fig. 8). Yarn
slipping is when two interlaced yarns slide on top of
one another. During yarn rotation, it is assumed that
the load is initially due to frictional interaction
between adjacent yarns at the crossover points. At
the deformation state where the yarns can no longer
slip against each, adjacent yarn compaction begins
to occur (Fig. 8). At this point, adjacent yarns begin
to compress each other, resulting in increasing shear
stiffness. At a point known as the fabric’s locking
angle (Fig. 8), the yarns are unable to compact
anymore, causing an even steeper increase in shear
stiffness. Additional load applied after the locking
angle is reached causes out-of-plane deformation,
also known as wrinkling. It is at this state of
deformation where the highest fabric shear stiffness
occurs. After this state is reached, the deformation is
governed by a combination of shear, yarn
compaction and tension.

Fig. 8. Typical woven-fabric shear behavior [4]

The experimental tests were performed using an
INSTRON 4464 and load-displacement data were
recorded for analysis. The fabric specimen was
sheared at the rate of 0.5 mm/s, and mechanical
conditioning, consisting of five pre-test shearing
runs, was applied. Ten samples were characterized,
five at room temperature and five at the processing
temperature of 175°C. The shear stiffness is lower at
175°C due to the reduced shear resistance of the
fabric as the polypropylene fibers melt and provide
lubrication within the ply.

A shear frame configuration was reproduced in the
finite element software, and the simulation results
were compared to the experimental data at room
temperature (Fig. 9). There is good correlation
between the two sets of results, showing that the
finite element model can accurately capture the
shear behavior of the fabric.

Fig. 9. Comparison of experimental and
finite element normalized shear force

3.3 Bias-Extension Behavior

A bias-extension test was performed on an
INSTRON 4464 tensile machine equipped with
hydraulic grips. Samples of “16 yarns” were used
with an aspect ratio of 2:1 between the length and
width. The PW fabric samples were 115 mm x
230 mm, and digital image correlation was used to
measure the shear angle. The bias-extension
experiment consists of a tensile test of the fabric
pulled in its bias direction, i.e. the yarns oriented at
±45° to the applied load. The typical sample
geometry is a rectangular swatch having a length-to-
width ratio of 2:1. This geometry leads to a specific
strain field involving three different zones with 0°,
γ/2 and γ shearing angles as indicated in  
Fig. 10.
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The bias-extension model was created to confirm
that the combined response from shear and tensile
forces can be accurately captured by the finite
element analysis [5]. A comparison of the load-
displacement curves for the plain-weave fabric is
shown in Fig. 10. The simulation agrees well with
the experimental data up to 30° and then
overestimates the load observed from the test. The
lower loads of the experiment can be explained by
yarn sliding, one physical phenomenon that is not
reproducible by the pin-jointed finite element model.
In a physical system, the yarns will slide relative to
each other within the fabric. However, in the finite
element model, a pinned connection is assumed.
This pin joint prevents any relative sliding and
requires yarn rotation to accommodate the overall
fabric deformation in the finite element analysis.

From the good correlation of experimental and
simulated results up through 30°, it is concluded that
the proposed model accurately captures the fabric
behavior during a bias-extension test until the point
at which the yarns begin to slide. Thus, the modeling
approach is applicable for combined tensile and
shear loads.

Fig. 10. Comparison of the load-displacement curves
from experimental and simulated bias-extension test

4 Forming Simulations using a Binder

Once it was verified that the fabric behavior was
properly represented in the finite element model, a
forming simulation was analyzed using the
hemisphere geometry. The forming simulation used
the plain-weave material model at room temperature
and a circular binder ring was applied to tension the
yarns during the thermostamping process. The
model schematic is shown in Fig. 11.

Fig. 11. Part layup for thermostamping model

The forming simulations were not converging to a
solution due to high-frequency waves that
propagated through the fabric as it came in contact
with the punch. The implementation of contact
damping was therefore investigated as a means to
resolve the convergence issues. Because such parts
can be formed using this material system and tooling
and if the simulation is to be judged as credible, then
the modeling technique should be capable of
capturing what physically can be made.

4.1 Contact Damping in LS-DYNA

For forming simulations, 20% of critical viscous
damping (VDC) is recommended by LSTC [6] to
attenuate the high-frequency dynamics. The
hemisphere stamping model with no VDC would
only reach 85% completion, while the model with a
VDC value of 20 ran to 100% completion. Fig. 12
shows a comparison of the two simulations at 85%
completion, where the models have VDC values of 0
and 20, on the left and right, respectively. In the
absence of damping, a simulation may give the false
impression that out-of-plane wave defects are
developed as a consequence of the fabric behavior
when subjected to the forming process.

Fig. 12. Comparison between hemispherical
stamping part geometry for 0% critical damping

(left) and for 20% critical damping (right)

Because this fabric can form a hemisphere without
exhibiting the excessive wave displacements as
shown in Fig. 12 (right), it is assumed that these out-
of-plane wrinkles in the model are a consequence of
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the dynamic effects inherent to the numerical
method and not a physical phenomenon associated
with the fabric. Thus, the use of a nonzero value for
VDC is justified if it removes a mechanical behavior
of the fabric from the model that does not physically
exist. For example, the fabric may naturally dampen
such oscillations associated with high-frequency
dynamics. Thus, the use of damping must be well
characterized by comparing to experimental data
before it can be used with confidence in the
completion of forming simulations.

Models with VDC values of 5%, 10%, 15%, 20%
and 25% of critical were analyzed to explore the
effect of critical viscous damping on the required
punch force. A comparison of the required punch
force for various VDC values is shown in Fig. 13,
and the differences seen among the three models are
insignificant. The maximum percent difference in
the punch force between the model with no viscous
damping and the six models of varying VCD was
8.57% occurring at 42 mm of punch displacement
(70% completion) for 15% of critical damping.

Fig. 13. Comparison of double-dome punch force for
varying values of VDC

A comparison of the shear angle contour plots for
models where one has VDC=0 and the other has
VDC=15 at a punch displacement of 42 mm (70% of
simulation completion) is shown in Fig. 14. The
contour plots in Fig. 14 indicate that, although there
is an 8.57% difference in the punch force as denoted
in Fig. 13, the shear angles in both models are
essentially the same. The calculation of the shear
angle, which is a measure of part quality, is of
greater interest than the accuracy of the punch force
data. Thus, the use of VDC to eliminate high
frequency dynamics within the model does not
compromise the intent of the modeling to capture the

final state of fabric deformation which can
subsequently be used for structural analyses.

Fig. 14. Shear angle contour comparison between 0
VDC (top) and 15 VDC (bottom) for largest percent
difference in punch force at 42 mm of displacement

5 Parametric Studies for “Free” Fabric Forming

For forming simulations that have unrestrained
fabric, i.e. no binder, LS-DYNA exhibited
difficulties converging to a solution due to wave-like
effects in the unclamped region of the fabric or “free”
fabric areas. An example of such modeling issues is
shown in Fig. 15 for the forming of a double-dome
part when not using a binder, i.e. “free” fabric. The
“free” fabric hemisphere stamping models
experienced the same “wrinkling” issues as the “free”
fabric double-dome models. Because this fabric can
be formed without a binder, it was speculated that
the convergence issues stemmed from inertial effects
introduced by the finite element solver.

Inertial effects are a common challenge when using
an explicit finite element solver to analyze a
relatively “slow” process. The explicit finite element
solvers are ideally suited to the investigation of
high-speed impact and blast situations. Relative to
these situations, the thermostamping of a composite
is “slow”. However, the use of an explicit solver for
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simulating the forming of a composite is an
attractive method because of the robust contact
algorithms that are available in the explicit solvers
relative to those used in implicit solvers. The
numerical methods used in the explicit solvers
inherently introduce artificial inertial effects into a
“slow” process. Therefore, when using an explicit
solver for a “slow” event, modeling options such as
mass scaling, time scaling and damping are
frequently required to attenuate high-frequency
dynamics resulting from the solver.

Fig. 15. Double-dome stamping simulation of “free”
fabric just before simulation fails to converge

The following sections discuss the parametric
studies completed for this research to explore the
benefits and consequences associated with the
various modeling options available in LS-DYNA.
The geometry chosen for these studies is a double-
dome. The double-dome geometry was specifically
devised for use in an international benchmarking
program for comparing forming simulation results
among research groups. The room-temperature
plain-weave material model was used for all
analyses, and a viscous damping value of 20% of
critical, as recommended [6], was used throughout
the study.

5.1 Time Scaling in LS-DYNA

In an attempt to resolve the convergence issues
associated with inertial effects, time scaling was
investigated. The model run time was varied so as to
change the effective mass times acceleration
experienced by the fabric during the forming process,
i.e. time scaling. Table 2 shows that the model end
time is inversely related to percent of model
completion. By decreasing the model end time by a
factor of ten from 0.10 s to 0.01 s, the “free” fabric
double-dome model runs to completion and the
wrinkling of the free fabric is essentially eliminated.

Table 2. Percent completion of
double-dome model for varying model end times

End Time [s] Percent Completion

0.01 100%

0.02 95%

0.03 85%

0.04 80%

0.05 75%

0.06 65%

0.07 65%

0.08 60%

0.09 55%

0.10 40%

To determine if decreasing the model run time was a
viable solution for the stamping of “free” fabric, the
models used for material validations, i.e. shear frame
and bias-extension tests, were re-run using a reduced
end time. Fig. 16 and Fig. 17 compare the
experimental shear frame results and bias-extension
results, respectively, to the baseline model with an
end time of 0.10 s and to the model with an end time
of 0.01 s. The results show that decreasing the model
end time has adverse effects on the results of both
the shear frame and bias-extension models. Thus,
time scaling is not a viable modeling option for
resolving the waves that are a consequence of the
explicit solver.

Fig. 16. Comparison to experimental shear frame
results for finite element model

end times of 0.1 s and 0.01 s
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Fig. 17. Comparison to experimental bias-extension
results for finite element model

end times of 0.1 s and 0.01 s

5.2 Mass Scaling in LS-DYNA

To study the effects of mass scaling on the double-
dome model, the mass of the fabric was increased by
a factor of 10 and then incremented by 10-8 tonne.
The results showing how mass scaling influences
model completion are presented in Table 3. The
model comes closer to completion with increasing
mass.

Table 3. Percent completion of
double-dome model for varying model mass

Mass * 10-9 [tonne] Percent Completion

1 40%
10 85%
20 90%
30 95%
40 95%
50 100%
60 100%
70 100%
80 100%
90 100%

100 100%

The shear frame and bias-extension tests were re-run
to determine if increasing the fabric mass would
compromise the credibility of the modeling results.
Fig. 18 and Fig. 19 compare the model with mass
scaled by a factor of 100 to the experimental and
baseline shear frame and bias-extension results,
respectively. The plots show that increasing the
model mass significantly alters the results and thus,
mass scaling is an unacceptable modeling option.

Fig. 18. Comparison of shear frame results for an
increase in mass by a factor of 100

Fig. 19. Comparison of bias-extension results for an
increase in mass by a factor of 100

5.3 Global Damping

In another attempt to attenuate the inertial effects of
the finite element solver, global damping was
investigated. Global damping is a mass weighted
nodal damping that applies globally to the nodes of
deformable bodies and to the mass center of rigid
bodies [7]. This type of damping can be applied to
all parts or to a select set of parts. There are two
parameters that need to be defined within LS-DYNA
to apply global damping: the first is the amount of
damping (VALDMP) and the second is to specify
the degrees of freedom that damping is applied
(STX-SRZ), i.e. any combination of the three
translational (STX, STY and SRZ) and three
rotational (SRX, SRY and SRZ) degrees of freedom
at a node.

Applying global damping to all the parts of a shear-
frame model resulted in an increase in the error due
to the damping being applied to the rigid frame and

ICCM19 859



spherical connection joints. Therefore, it was
concluded that the global damping would only be a
viable option if it was applied exclusively to the
fabric, i.e. the deformable beams and shells. The
VALDMP values studied for the forming of the
double dome are shown in Table 4 along with the
corresponding percent of model completion.

Fig. 20 shows the positive z-displacement of the
fabric for a forming simulation with VALDMP
values of 1E3 and 1E4. The results show that even
though a VALDMP of 1E3 gives 100% completion
for the double-dome model, it does not prohibit the
fabric from lifting off the surface of the die and
wrinkling out of plane. Although the fabric may
wrinkle during the actual forming process,
identifying which modeling parameters minimize the
fabric wrinkling is one way to determine a potential
set of “free” fabric modeling parameters that can aid
in the development of a simulation to correlate well
with the physical forming process.

Fig. 20. Comparison of double-dome positive
z-displacement contours with VALDAMP

values of 1E3 (top) and 1E4 (bottom)

As shown in Fig. 20, the maximum fabric wrinkle
height is 5.98 mm and 1.40 mm for global damping
values of 1E3 and 1E4, respectively. Therefore, it is
concluded that the smallest value of VALDMP to
minimize the “free” fabric from lifting off the

surface of the die and eliminate out-of-plane
wrinkling is 1E4.

Table 4. Percent completion of
double-dome model for varying global damping

VALDMP Percent Completion
0 40%

1E2 75%
1E3 100%
1E4 100%
1E5 100%

Shear frame and bias-extension models were re-run
to study the effects of having a global damping value
of 1E4. Fig. 21 and Fig. 22 show how the shear
frame and bias-extension results are affected by
introducing global damping into the model. The
results show that, although the damping value of
1E4 allows the model to run to completion, it
significantly over-predicts the force required to
shear the fabric. This over-prediction of the shear
force will cause discrepancies in the final calculation
of the model’s shear angle contour when compared
to an experimentally stamped part, and it will also
overestimate the stresses in the yarns. As such,
global damping is not a viable modeling option.

Fig. 21. Shear frame results with global damping
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Fig. 22. Bias-extension results with global damping

5.4 Frequency Range Damping

A study of frequency range damping (FRD) was
completed in an effort to resolve the artificial
wrinkling that occurs when using an explicit solver
for modeling the thermostamping process.
Frequency-range damping provides approximately
constant damping over a user-specified range of
frequencies. There are four user-defined parameters
that can be varied in this damping study: (1) the
amount of damping in percent of critical (CDAMP),
(2) the lower (FLOW) and (3) upper (FHIGH)
bounds of the frequency range and (4) which parts
are subject to the damping (PSID).

The frequency range damping was applied to the
elements that comprise the fabric in the double-
dome model. The values studied for frequency range
damping and the respective fabric wrinkle heights
are summarized in Table 5. All nine variations of
frequency-range damping were sufficient to allow
the double-dome model to run to completion.
However, the fabric wrinkle height changed with the
frequency range and the damping values. Table 5
shows that a CDAMP value of 1 is inadequate
because it does not sufficiently reduce the fabric
wrinkle height. Based on an acceptable wrinkle
height of 0.2 mm, set numbers 5 through 9 in
Table 5 were chosen for further investigation to
determine an acceptable combination of parameters.

Fig. 23 shows the shear frame results for set
numbers 5 through 9 in Table 5. The shear frame
results for these five sets of frequency range
damping parameters are very similar to the baseline
response. One conclusion that can be drawn from the
results in Fig. 23 is that FRD does not compromise
the results for a basic fabric characterization
experiment, and, thus it is a potential modeling

option that should be integrated into the forming
simulation to prevent fictitious out-of-plane
wrinkling that is purely a consequence of the explicit
solver. However, it is inconclusive from these runs
as to whether or not there is a best choice for a
frequency damping range. Therefore, the bias-
extension model results were explored to see if the
comparison of experimental and model data could
assist in choosing the best combination of frequency
range damping parameters.

Table 5. Percent completion of double-dome
model for varying frequency range damping

Set
No.

CDAMP
[% critical]

Frequency Range Wrinkle
Height [mm]Low [Hz] High [Hz]

1 1 5 50 4.16
2 1 50 500 3.47
3 1 500 5000 2.45
4 3 5 50 2.20
5 3 50 500 0.17
6 3 500 5000 0.18
7 5 5 50 0.19
8 5 50 500 0.11
9 5 500 5000 0.08

Fig. 23. Comparison of shear frame results for set
numbers 5 through 9

The bias-extension simulation was re-run using the
FRD parameters listed in Table 5 for set 5 through
set 9. The resulting load-displacement curves are
plotted in Fig. 24 alongside the baseline and
experimental data. All five of the FRD models
correlate well with the experimental and baseline
results.
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Fig. 24. Comparison of bias-extension results for set
numbers 5 through 9

A frequency range between 5 Hz and 50 Hz with a
damping value of 5% of critical was chosen as the
best set of FRD parameters based on the results
shown in Table 5, Fig. 23 and Fig. 24. However, the
differences in the results are not significant and,
therefore, any of these five sets of frequency range
damping parameters can potentially be chosen when
modeling the thermostamping of “free” fabric for the
double-dome geometry.

Fig. 25 shows the shear angle contour of a
completed double-dome stamping model with
frequency-range damping applied having parameters
FLOW, FHIGH, and CDAMP set to 5, 50, and 5
respectively. The contour plot shown agrees with the
expected solution, and there is essentially no out-of-
plane wrinkling seen in the simulation.

Fig. 25. Shear angle contour of double-dome
stamping model with frequency-range damping

6 Conclusions

A finite element model of the fabric was presented
based on the experimentally determined properties.
The experiments used to calculate the fabric

properties were modeled in LS-DYNA for validation
of the credibility of the material subroutine. The
shear frame experimental results were matched in
LS-DYNA thereby implying that the shear behavior
of the fabric was characterized correctly. The single-
yarn tensile experimental results were matched in
LS-DYNA thereby implying that the tensile
behavior of the fabric was characterized correctly.
The bias-extension experimental results were
matched in LS-DYNA thereby implying that
LS-DYNA was a viable simulation tool for the
thermostamping process as it was capable of
capturing the combined effects of tension and shear.

Contact damping parameters were studied within
LS-DYNA and were selected to allow for a realistic
modeling of the excess fabric during the
thermostamping process. The implementation of
contact damping helps to eliminate some of the
high-frequency dynamics associated with the inertial
effects that would affect the convergence of the
model within LS-DYNA but are not significant
during the actual thermostamping process.

A parametric study was completed to determine the
best method to model “free” fabric within
LS-DYNA. The parameters studied were time
scaling, mass scaling, global damping, and
frequency range damping. It was determined that
frequency range damping not only allowed the most
robust modeling of “free” fabric but it also had
minimal effects on the shear frame and bias-
extension models used for validation. The
implementation of frequency range damping within
LS-DYNA allowed for not only the stamping of
“free” fabric but also a more realistic representation
of the compressive behavior of the fabric.
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Shape memory polymers (SMPs) are smart materials 
that can recover their permanent shape from 
temporarily fixed one when a stimulus such as heat 
is given. Various attempts have been made to 
develop various smart devices and applications 
using SMPs. However, the constitutive modeling of 
SMPs is slowly progressed. Most of the constitutive 
models developed so far assume small deformations, 
even though SMPs feature their ability to recover 
their permanent shape from more than a few 
hundreds percentage of deformation. In addition, 
many models are limited to one-dimensional 
deformation case. 
 
In this research, three dimensional constitutive 
model for shape memory polymer was developed by 
using the non-mechanical strain. Basically this 
model is a type of two phase description with visco-
hyperelasticity. The main feature of the model is a 
theoretical description of the non-mechanical strain 
that invokes shape memory effect in the three 
dimensional deformation. We assumed that the non-
mechanical strain of SMP is generated gradually, the 
generation rate of which depends on temperature; 
the higher temperature, the large rate increase. 
Finally non-mechanical strain was described using 
the principal axes and principal stretches of the total 
deformation. For validation purposes, the shape 
memory tests were simulated and compared with 
experimental results of thermomechanical cyclic test 
of cross-linked poly(cyclooctene) (PCO). 
 

2 Constitutive equations 

2.1 Model description based on two phase 

Fig. 1 shows a phenomenological model of SMPs 
which we employed to develop their constitutive 

equation. To treat the large deformation of SMPs, 
we assumed that the total deformation gradient could 
be decomposed multiplicatively [1]: 

e v
SMP r r

e v
g g nm





F F F

F F F
 

(1) 

where the subscripts r , g , and nm  represent the 
rubbery and glassy phases, and non-mechanical 
strain, respectively. Note that the superscripts e  and 
v  represent hyperelastic spring and Voigt elements, 
respectively, in our phenomenological model as 
shown in Fig. 1. 
If r  and g  are Helmholtz free energy of rubbery 

and glassy phases, respectively, the total free energy 
( ) can be expressed using a rule of mixture as 
follows. 

r r g g       (2) 

where r  and g  are the volume fractions of 

rubbery and glassy phases, respectively. Note that 
the sum of these two quantities should be always one. 
At the temperature higher than the transition 

temperature ( T
r

), e.g., 15o
rT T C  , the volume 

fraction of the glassy phase is zero, i.e., only rubbery 
phase exists. At low temperature (e.g., 

15o
rT T C  ), the opposite situation is assumed. 

The Clausius-Duhem inequality based on second 
Piola Kirchhoff stress ( S ) is expressed as follows 

1
: 0

2

T
T

T
   
    

q
S C  (3) 

where T  is the temperature,   is the mass density 

of the body, and q  is the heat flux vector. 
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If the rule of mixture for the Cauchy stress is 
expressed as r r g g  σ σ σ , the second Piola-

Kirchhoff stress can be given by 
T

T T
r r g g

r r g g

J

J J 

 



 

 

S FσF

Fσ F Fσ F

S S

 

(4) 

Substituting eqs. (2) and (4) into (3) gives 

0r r g g th        (5) 

where  s are the mechanical dissipations defined as 
follows, and assumed equal or larger than zero: 
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To exist  s, the following relations have to be 
satisfied: 
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(13) 

 

2.2 Glassy phase 

For the glassy phase consisting of hyperelastic 
spring (first order Mooney-Rivlin), Voigt element, 
and non-mechanical strain element, the free energy 
can be decomposed as follows 
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(15) 

where k
gI , k

gII , and k
gJ  are incompressible 

invariants. Superscript k  is e  or v . According to 
[3] and [4], the pseudo potential of dissipation can 
be expressed by 

1
:

2
v v

g g g gk  C C   (16) 

where  gk  is the viscosity of the Voigt element. 

Then, eqs. (11) and (12) are rewritten as : 
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or simply : 
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g
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2.2 Rubbery phase 

As shown in Fig. 1, rubbery phase does not have 
non-mechanical strain element. Therefore, letting 

nm F I  and replacing the subscripts g  with r  in 

eqs. (17) and (18) gives 
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or simply : 
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 ,v
r

v v
r r rk f

C
C C F  (24) 

 

2.3 Non-mechanical strain 

The non-mechanical strain is a deformation 
generated in SMP which is related the temporary 
shape of unloaded sample after deformation. 
Basically the non-mechanical strain can be 
generated only when the total deformation occurs 
and its amount and direction are determined by the 
total deformation. If the sample is unloaded at 

lT T  after the non-mechanical strain is generated, 

it does not recover its original shape but instead the 
recovery is stopped at certain shape which 
corresponds the non-mechanical strain and is called 
as temporary shape. Unloading means the stress 
release so that other elements in the sample affected 
by the mechanical stress recover their original 
shapes. Only remaining deformation is the non-
mechanical strain which is not directly affected by 
stress. Other elements (in rubbery phase) cannot 
return to the original shape by the interference of the 
non-mechanical strain. In addition, for the fixed total 
deformation F , if the non-mechanical strain 
becomes larger, then the resulting stress on the 
sample becomes relaxed. 
Consider the deformation gradient of the non-
mechanical strain ( nm nm nmF R U ) and assume no 

rigid body rotation. Then, nmU  is calculated from 

C . 
If the basis vectors of the right Cauchy Green tensor 
C  is iM , the spectral decomposition of C  can be 

expressed by 

 
3

2

1
i i i

i




 C M M  
(25) 

where i  are the principal stretches which can be 

calclated by the Lagrange strain along the principal 

direction defined as  21
1

2i iE   . 

When the material is extended up to iE , non-

mechanical strain ,nm iE  approaches to iaE  gradually. 
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But if ,nm iE  is larger than iaE , ,nm iE  does not 

increase anymore. This can be expressed as 

 ,
,

,for

nm i
nm i i

i nm i

dE
E aE

dt
aE E

  


 

(26) 

where a  is the production ratio of non-mechanical 
strain to given extension while   is the production 
and extinction rate of non-mechanical strain which is 
the function of strain and volume fraction: 

   1 2,nm r nm rE E        (27) 

where 
2

2
exp nm

o

E

E


 
  

 
 with :nm nm nmE  E E . 

In any case, ,nm iE  cannot exceed iE  because the 

non-mechanical strain is one of component of total 
deformation, as mentioned above. If extended 
material starts to contract and iE  become smaller 

than ,nm iE  approaching to iE : 

 ,
,
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nm i
nm i i

i nm i

dE
E E

dt
E E

  


 

(28) 

With , ,2 1nm i nm iE   , the final formula of the 

deformation gradient of non-mechanical strain is 
given as follows : 
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where ,
1

e

nm nm i
i

J 


  is the volume change of the 

non-mechanical strain. The factor 1/31 nmJ  is 

introduced for incompressibility of all elements 

(  det nmF =  det F =  det e v
r rF F =  det e v

g g nmF F F

1 ). 
 
 
 

3 Experimental details 

3.1 Material preparations 

Synthesizing PCO sample is based on [5]. PCO was 
dissolved in Tetrahydrofuran (THF) to form a PCO 

solution at 80℃. After 24hr, dicumyl peroxide 
(DCP) was added into PCO-THF solution. The ratio 
of DCP to PCO was 1wt%. At room temperature for 
24hr, the solution was placed in a fume hood to 
vaporize THF. After that, it was put into vacuum 

oven for 1hr at 80℃. Then, it was cut into specimen 

with a dimension of 1 5 0.12cm   with the gauge 
length of 3cm . A preheating was applied to the 

specimens for 5min at 80℃ after which a heating for 

30min at 170℃ was further treated for the final 
samples. 
 

3.2 Thermomechanical cyclic uniaxial test for 
shape memory effect 

Shape memory test consists of four steps: (a) 
Extension: the sample was extended up to 200% at a 
rate of 33.6mm/min at hT . (b) Relaxation and 

cooling: Under keeping strain, the sample was 
cooled down to 30lT  ℃ at a rate of 21 / min℃ . 

After the temperature was reached to lT , the 

relaxation state was continued for about 300s. (c) 
Unloading and zero stress: The stress was released 
and the state was maintained during 300s. (d) 
Heating: Under zero stress, the temperature was 
increased up to hT  at a rate of 20 / min℃  and the 

change of strain was observed. 
During step (a) and (b), the extension and stresss 
were input and output while these were toggled 
during step (c) and (d). 
 

3.3 Thermomechanical cyclic punching test with 
punching planar sample 

PCO-DCP sheet with a dimension of 
9 9 0.12cm   was prepared. The four sides of the 
sheet were fixed. The centre of the sheet was pressed 
up to certain height by rigid sphere with the radius 
of 0.65cm . Three pressing displacement were set: 
30mm, 37.5mm, 45mm. In this experimental, the 
displacements of the punch was measured. 
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4 Simulations 

Two kinds of simulations were carried out to 
validate the current constitutive equations by 
comparing their results with experiments in section 3. 

4.1 Uniaxial tensile and punching simulation 

A rectangular sheet was modeled as shown in Fig. 2. 
Punching simulation of a SMP sheet was carried out 
(see Fig. 7 for detailed meshes). A ball in radius of 
0.65cm  was used to press the film upward at centre 
point. All steps of simulation were the same as those 
in section 3.3. 
 

5 Results and discussions 

5.1 Uniaxial tensile and punching simulations 

Fig. 3 and Fig. 4 are the results of thermomechanical 
cyclic test. The deformation figures are in Fig. 5. 
The modeling results fit well experimental results. 
By this calculation, distribution of the non-
mechanical strain can be obtained. Fig. 6 shows the 
distribution of ,1nmE  along the central line which 

connects the points  15 ,0,0mm  and 

 15 ,0,0mm . 112t s  means the time point when 

strain reached to maximum strain at hT T . 

511t s  is the time just before unloading which 
means last minute of generating non-mechanical 
strain. Though the mechanical behaviour of the 
sample is not affected by non-mechanical strain at 

112t s  according to eq. (4), it was already 
generated. And the distribution of non-mechanical 
strain between the two time steps is not much 
different. Thus it means that the generation rate of 
non-mechanical strain at hT T  is very fast, that is, 

the non-mechanical strain is generated almost 
immediately when the deformation occurs. The non-
mechanical strain was generated in close to centre of 
the sample than in constrained region. It is consistent 
with more extension occuring in central region 
rather than in edge area. If the material deforms 
uniformly, the edge area would be eliminated so that 
the fixity of SMP will increase. 
 
Fig. 8 shows the z -displacement of the central point 
according to time. The deformed shapes are shown 
in Fig. 9. Because the z -displacement is the input 

before 511t s , after which results are shown. The 
fixities determined in simulation are always higher 
than experimental one. The simulation shows the 
recovery of the original shape while unrecovered 
deformation remained in the experiments. 
 

6 Conclusions 

A three-dimensional constitutive model with two 
phase was developed. Thermodynamically derived 
equations and inequality formed the constitutive 
equations of rubbery and glassy phases. The non-
mechanical strain was added into glassy phase and 
was determined from principal axes and stretches of 
the total deformation. The constitutive models was 
used to simulate uniaxial and punching tests, 
demonstrating that the developed constitutive 
equation is suitable to predict the deformation 
behaviour of SMPs. 
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Fig. 1. Phenomenological model of SMP. 

 

 
Fig. 2. Geometry and mesh configuration of the 
rectangular sample. 
 

 

Fig. 3. Comparison of uniaxial tensile simulation of 
SMP with experiment 

 

 

Fig. 4. Comparison of uniaxial tensile simulation of 
SMP with experiment: Stress-strain curve 

 

ICCM19 869



 

7  

THREE-DIMENSIONAL CONSTITUTIVE EQUATION OF SHAPE
MEMORY POLYMERS AND THEIR COMPOSITES

 
0t   

 
112t s  

 
511t s  

 
811t s  

 
1351t s  

Fig. 5. Three dimensional shape changes of SMP 
sample during uniaxial tensile test. Colour means the 

magnitude of non-mechanical strain, i.e. nmE . 

 

 

Fig. 6. Distribution of x-component of non-
mechanical strain along the central line (from 

 15 ,0,0mm  to  15 ,0,0mm  in material 

coordinate). 

 

 

Fig. 7. Geometry and mesh configuration of the 
SMP sheet. 

 

 

Fig. 8. Experimental and modeling results of 
thermomechanical and punching test: Time 

evolution of z-direction displacement of centre point. 
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112t s  
 
 

 
511t s  
 
 

 
811t s  
 
 

 
1351t s  

Fig. 9. Three dimensional shape changes of SMP 
sheet during punching test when the maximum z-

displacement is 45mm. Colour means the magnitude 

of non-mechanical strain, i.e. nmE . 

 

ICCM19 871



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

Many inorganic fibers are sensitive to subcritical 
crack growth activated by environment. Failure 
occurs although the applied stress is much smaller 
than the fracture stress. This mechanism has been 
extensively investigated on ceramics, glasses and 
glass fibers, at room temperature essentially. It has 
been recently evidenced on SiC-based fibers at high 
temperatures. The present paper proposes a very 
powerful approach to static fatigue. It is based on 
tests performed on multifilament tows under 
deformation-controlled condition (load relaxation 
technique). This technique, which has not been used 
before, because of practical difficulties for 
deformation control during long-term tests, permits 
the application of identical constant stresses on all 
the fibers during a single test. Thus it provides a 
statistically significant rupture time database 
containing quite as many data as there are fibers in 
the tows. 

Bundles about 2000 E-glass filaments were used in 
the present paper. The samples were immersed in 
water during the static fatigue tests. Crack velocity - 
stress intensity factor diagrams for single filaments 
were derived from experimental stress - rupture time 
data. A closed form expression for statistical 
distributions of fibre lifetimes was established. It 
was found to compare fairly well with the 
experimental results, which assessed the approach, 
and validated new findings. 

 

2 Experimental 

During each test, 2000 filaments were tested, which 
provides a significant database for statistical analysis 
of data.  
A servo-pneumatic testing machine that had been 
designed and built in-house was used. It is equipped 

with a 500 N load cell. Displacement control of the 
cross head for longterm tests is ensured through 
pneumatic cushions. Deformations were measured 
using a contact extensometer (with a ± 2.5 mm 
elongation displacement transducer) that was 
attached to the specimen. 
Specimens were first impregnated with water. 

3 Model 

The subcritical crack growth model is based on the 
simple power form of crack velocity versus stress 
intensity factor, which is usually employed to 
describe the slow propagation of cracks caused by 
environment under load in ceramics and glass 
materials: 
 

     (1) 

        
 
where V is crack velocity, a is crack length, t is time, 
KI is the stress intensity factor, KIC is the critical 
stress intensity factor, V* and n are constants 
depending respectively on environment and 
material. 
 
The lifetime of a single fiber under constant stress is 
given by equation (2): 
  

        (2) 

      
The reference strength of each fiber σf can be 
calculated using the well-known Weibull equation of 
distribution of failure stresses measured in inert 
environment: 
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          (3) 

 
Then, the statistical distribution of single filaments 
rupture times is given by equation (4): 
 

(4) 

 
where P(t,σ,v) is the failure probability at time t, 
under stress σ, for a fiber with volume v. t* is a 

stress dependent scale factor: 

€ 

t* =
KIC
2

V *σ2Y 2 . 

     
This equation is important for lifetime predictions 
and establishing Strength/Probability/Time 
diagrams.  

4 Results 

Load relaxation follows a power law, with n as 
force exponent. The slow crack growth constants 
were extracted from the load relaxation curve. The 
crack propagation diagrams V(KI/KIC) were found to 
consist of two distinct curves characterized by (n ≈ 
30, V* ≈ 10-6 m/s) and (n ≈ 12, V* ≈ 10-9 m/s). This 
unusual diagram results from the presence of two 
families of fibers: a family of weak fibers with short 
life, and a family of strong fibers with long life. The 
family of weak fibers was present only under small 
deformations. The family of strong fibers was found 
to dominate under larger deformations (ε > 0.8%, σ 
> 600 MPa). 
 

Figure 1 shows that predictions are in excellent 
agreement with experimental data, when both 
populations of fibers are taken into account. This 
definitely validates the model, as well as the 
hypothesis on the presence of two families of fibers 
in the bundles. Figure 2 also shows that predictions 
with n = 12 are satisfactory when the weak fibers 
have not been completely eliminated.  
Equation (4) can be used to establish the stress-
probability-time diagrams. 
 
5 Conclusions 

 

It was shown that the life of each fiber in a bundle is 
commensurate with the fiber reference strength 
(equation (2)). Then, it was shown that the rank of 
each failing fiber could be derived from relaxation 
of the load on bundle, so that the reference strength 
of each ailing fiber is no longer an unknown. This is 
an important result that is worth pointing out. Stress-
failure time relations were established, as well as the 
equation of rupture time distribution. This latter 
equation depends on stressed volume, time and 
applied stress. It can be used for lifetime predictions, 
as well as for establishing stress-probability-time 
diagrams.  

 
Figure 1: Statistical distributions of lifetimes 
predicted using equation (4) and comparison with 
experimental results. 
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Abstract 

The optimization of composite laminate designs 

towards a better impact tolerance is often overlooked 

in favor of efficient in-plane, statically loaded 

designs. This means that the response to impact 

damage is, in general, not accounted for in the 

design phase but evaluated for those designs that 

meet the static load requirements. 

There is often margin to improve the impact 

response of a laminate previously designed to 

withstand in-plane loads in an optimal way. Using 

advanced optimization tools, it is possible to design 

alternative laminates to the ones using only 0˚, 90˚, 

and ±45˚ plies, that still keep the same in-plane and 

bending stiffness properties. In these non-

conventional laminates the plies are dispersed 

through the [-90º,90˚] range. Manufacturing of such 

laminates is practical nowadays as the industry 

switches from hand laying processes to accurate 

automated fiber-placement technology. By using the 

whole range of possible ply angles, it is possible to 

control at which interfaces the largest delaminations 

might occur and, in this way, improve the damage 

tolerance of a given laminate without sacrificing its 

stiffness. 

This paper reports the design and testing (low-

velocity impact and compression-after-impact) of 

non-conventional carbon-fiber laminates and 

comparisons to the performance of traditional 

configurations. 

1 Introduction 

In industrial practice the stacking sequence of 

laminates is often limited to combinations of 0º, 90º, 

±45º fiber angle plies which is in line with the 

limitations of traditional layup processes in assuring 

a precise fiber placement. This practice, in spite of 

being advantageous due to its simplicity and 

readiness, can be inefficient in terms of structural 

behavior. Although a laminate might have good 

specific stiffness and strength properties, it may 

show a poor response to impact loads. Actually, the 

response to impact damage is, in general, not 

accounted for in the early design phase but evaluated 

for those designs that meet the static load 

requirements. 

Experimental research on the damage response of 

composite laminates has been carried by many 

authors (e.g. [1-5]). Cantwell and Morton [6] made 

an extensive review of the research work on impact 

damage up until 1991 and identified the fundamental 

parameters determining the impact resistance of 

CFRP's. The effect of varying fibre orientations was 

also addressed. In particular, the influence of the 

stacking sequence on the impact response of 

laminated composites has been studied by several 

authors. Dost et al. [7] investigated the damage 

resistance and residual strength for several quasi-

isotropic laminates under low-velocity impact. Post-

impact compressive behaviour was found to be a 

strong function of the laminate stacking sequence. 

Strait et al. [8] carried instrumented drop-weight 

impact tests on cross-ply, quasi-isotropic and 

0˚/±45˚ fibre angle based laminates. Stacking 

sequence was found to have a significant effect on 

the impact resistance, particularly at higher impact 

energies. Fuoss et al. [9-10] studied the influence of 

three parameters on the impact damage resistance of 

composite laminates: interface angle, ply orientation 

relative to a fixed axis and ply grouping. The 

guidelines given in their work for a better damage 

resistance include the avoidance of ply clustering or 

small interface angles. 
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In the previous investigations, the stacking sequence 

of laminates was changed with no regard for the 

changes in laminate stiffness. Low-velocity impact 

events can often be approximated to quasi-static 

loads. In such situations, the delaminated area is 

highly dependent on the out-of-plane displacement 

of the plate during impact [11]. This means that the 

bending stiffness plays an important role on the way 

damage develops on an impacted laminate. To avoid 

misinterpretations of the results, in this work both 

the in-plane and the bending stiffness of the studied 

laminates are maintained while redesigning the 

stacking sequence. Using advanced optimisation 

tools, alternatives to the traditional 0˚, 90˚, and ±45˚ 

fibre angle based laminates are designed where the 

plies are dispersed through the ]-90˚,90˚] fibre angle 

range at intervals of 5˚. These non-conventional 

laminates (NCL) maintain similar in-plane and 

bending stiffness properties to the baseline from 

where they were derived. This procedure is possible 

since in the design of composite laminates, when 

using a sufficiently large design space, multiple 

optima exist i.e. there is more than one stacking 

sequence that satisfies a given design criterion. 

This work suggests that there is margin to improve 

the impact response of a laminate previously 

designed to withstand in-plane loads in an optimal 

way, just by tailoring its stacking sequence. A 

strategy, based the Ant Colony Optimization (ACO) 

algorithm [12-14], to optimize the low velocity 

impact behavior of dispersed laminates is presented. 

A similar strategy using Genetic Algorithms was 

followed previously [15] to disperse the stacking 

sequence of a baseline laminate with heavy ply 

clustering. The results of that study showed, 

however, a significant effect of stacking sequence 

dispersion on the damage resistance but negligible 

effect on the damage tolerance. The present strategy 

is validated by evaluating the response of 

conventional and dispersed composite laminate 

specimens to Low-Velocity Impact (LVI) and 

Compression-After-Impact (CAI) tests. 

Manufacturing of laminates with dispersed stacking 

sequences is practical nowadays as the industry 

switches from hand laying processes to accurate 

automated fiber-placement and tape-laying 

technologies. Furthermore, the time and cost 

required to produce traditional or dispersed 

laminates by means of these processes are identical. 

2 Impact Characterization 

The impact characterization diagram proposed by 

Christoforou and Yigit [16] predicts the behavior 

type, as well as the elastic peak impact force for a 

wide range of impact cases. The construction of the 

diagram is based on simplified analytical models of 

the infinite plate and the quasi-static impact 

behaviors. Ballistic behavior is beyond the scope of 

the characterization diagram.  

Four different regions can be identified in the 

diagram (Fig. 2). Impact configurations which 

define points in the right part of the diagram behave 

as quasi-static. Points that fall on or close to the 

dashed curve behave as infinite plate. Between the 

quasi-static and the infinite plate behaviors there is a 

transition zone where the resulting response is a 

combination of both. Finally, the points that fall 

close to the maximum dimensionless force result in 

the half-space behavior. The experimental validation 

of the characterization diagram is found in [17]. 

 

Fig. 1 Impact characterization diagram (after [16]) 

The curve which represents the boundary of the 

quasi-static response is obtained by [16]: 

max

0.68

0.68 w

F





    (1) 

where w  is the loss factor, or relative plate mobility 

[16],defined as: 

*

1

1

16

i
w

K M

I D

      (2) 

where K  is the contact stiffness 

( 5.2 C

iK RY  [16]), iR  is the impactor radius, 
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CY is the transverse compression strength, 
LS  is the 

in-plane shear strength, 1I  is an inertia term 

( 1 /pI M ab ) and 
*D  is the plate effective 

bending stiffness which is defined by expressions 

involving elliptic functions [18]. A sufficient 

approximation for 
*D  is: 

* 12 66
11 22

11 22

21
, where 

2

D DA
D D D A

D D


   (3) 

The second dimensionless parameter in Fig. 1, , is 

termed the plate relative stiffness. It can be defined 

as the ratio between the plate bending-shear 

stiffness bsK and the contact stiffness 

K ( /bsK K  ). The value of the bending-shear 

stiffness bsK  can be calculated as [16]: 

*

20.0116
bs

D
K

a
     (4) 

where a  is the plate length. In the case of a low 

velocity impact with a large mass impactor, the 

impact response is adequately reproduced by a 

simplified quasi-static impact model [16]. In such 

cases, the normalized impact response is governed 

by the single non-dimensional parameter,  . It 

follows that the normalized impact force depends 

only on  , and is given as [16]: 

1 1
( ) sinF t t

 

 

  
   

 
   (5) 

where ( )F t is the impact force normalized by the 

maximum impact force for a half-space behavior, 

given by [16]: 

0

( )
( )

i

F t
F t

V M K

     (6) 

where t is the normalized contact time ( t t ),  

is the contact frequency ( / iK M  ) and 0V is 

the initial impactor velocity. From Eq. (6), the 

maximum normalized impact force can be obtained 

at / 0.0dF dt  and 0.0t  . The corresponding 

normalized time is given by: 

1

2
t

 




      (7) 

whereas the value of the maximum normalized force 

is given by: 

max
1

F






     (8) 

From Eqs. (1) and (5), the limit of the quasi-static 

response, in terms of the two nondimensional 

parameters w  and  , is given as: 

0.68
w


              (9) 

2.1. Projected delamination area 

The shape of a delamination is generally that of an 

oblong peanut, where its major axis follows the 

orientation of the lower ply at the interface. This 

shape is a result of the shear stress distribution 

around the surrounding area of the impactor, of the 

low interlaminar shear strength along or close to the 

direction of the fibers, and of the matrix cracks 

created by the flexural in-plane stresses [11]. 

Assuming a two-layer plate and based on the 

bending stiffness mismatch between the two layers, 

Liu [19] proposed a mismatch parameter LM  to 

assess the delamination area. The larger the 

mismatch parameter the larger the impact damage 

area is. This parameter is not applicable for 

laminated plates with more than one interface. To 

solve this limitation, Morita et al. [20] proposed a 

new parameter MM  which is calculated as: 

 2
11

110

( )1

2 ( )

i max
M

C z
M d

D

 


 


              (10) 

where 11( )C   is the difference of the in-plane 

stiffness between the adjacent plies in the direction 

 ; iz  is the through-the-thickness distance from the 

neutral axis to the considered interface, and 11( )D   

is the bending stiffness of the entire laminate in the 

direction  . A more simplified approach to 

calculate the projected damage was adopted by 

Jackson and Poe [21]. They semi-empirically 

correlated the projected delamination area dA  to the 

dimensional impact force F  and the interlaminar 

shear strength 
LS  as: 

2

2

1

4
d L

F
A

h S

 
  

 
             (11) 

Following a similar approach, Davies and Zhang 

[22] proposed the following formula to the 
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maximum impact damage area dA  under quasi-

static conditions: 
2

2

9

16
d L

F
A

h S

 
  

 
             (12) 

It should be noted that the delamination size 

predicted with Eq. (13) is 2.25 times the one 

predicted by Eq. (12). From Eqs. (6), (8) and (12), 

the maximum delamination area for a rectangular 

plate of thickness h  under quasi-static conditions 

can be calculated as: 
2

09

16 (1 )

i
d L

M K V
A

hS



 

 
  

  
            (13) 

It is worth remarking that Eqs. (11-13) were 

obtained assuming a circular delamination shape and 

the maximum delamination is assumed to occur at 

the plate mid-thickness. The first assumption might 

in some cases be approximately accurate, when 

considering the projected area of several 

delaminations, but it is inaccurate when considering 

only one delamination [23]. The second assumption 

can be considered approximated for thick laminates 

but for thin ones it is not [24-25]. For these reasons 

the delamination area, predicted by Eq. (14), is 

expected to be smaller than what is obtained in 

experiments. Hence, in this work the value of dA  is 

used as a qualitative indicator of the induced damage 

i.e. it is not to be compared with experimental 

values. The higher the value of dA , the larger the 

damage area, and the lower the expected impact 

resistance and damage tolerance. 

2.2. Delamination threshold force 

The loading level at which the first unstable 

delamination appears is usually referred to as the 

delamination threshold force. On the load–

displacement curve this load can be considered as 

the first sharp decrease in the stiffness. Using the 

Linear Elastic Fracture Mechanics (LEFM) for a 

simply supported isotropic plate under static out-of-

plane loading, and assuming that only one circular 

midplane delamination exists, Davies et al. [26] 

presented an equation to predict the threshold load 

for delamination which, for orthotropic plates, can 

be written as: 

*
stat

1

32

3

IIc
d

D G
F             (14) 

wherein IIcG  is the fracture toughness in mode II 

loading and h  is the plate thickness. A more 

rigorous solution for an arbitrary number of 

delaminations nd  located at same intervals through-

the-thickness of the plate was derived by Suemasu 

and Majima [27]. The threshold, in this case, is 

defined as: 

*
stat 32

2

IIc
dn

D G
F

nd



            (15) 

To take into account the dynamic effects in low 

velocity impact events, Olsson et al. [28] added a 

correction factor to Eq. (15). The resulting 

delamination threshold load was given by 

*
dyn 32

1.213
2

IIc
dn

D G
F

nd



           (16) 

for an arbitrary number of delaminations nd . For a 

single mid-plane delamination ( nd  = 1), Eq. (16) 

becomes: 

*
dyn

1

32
1.213

3

IIc
d

D G
F             (17) 

Although Eq. (18) was driven based on small mass 

assumptions, its predictions were in agreement with 

the experimental results obtained by González et al. 

[29] for large mass impact events, especially in cases 

of almost circular projected delamination areas. 

The normalized value of the delamination threshold 

can be obtained from Eq. (17) and (6) as: 

dyn 1 1
1

0 2

dyn dyn

d d
d

i i

F F
F

V M K E K 

             (18) 

wherein 
2

00.5i i i iE M gH M V   is the impact 

energy ( iH  is the impactor drop height and g  is the 

gravity force). 

3 Stacking Sequence Optimization 

To improve the impact damage resistance and 

damage tolerance of conventional laminates, a two-

step approach to the design of laminates is proposed. 

In the first step, the optimal laminate is designed in 

the traditional fashion to cope with the expected 

quasi-static loads on the structure. The second step 

consists of redesigning this laminate by dispersing 
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its stacking sequence. This is done without 

compromising the initial stiffness properties. This 

second stage of design is cost efficient since the 

candidate laminates are those with known stiffness 

properties, thus minimizing the number of designs 

for which impact testing is required.  

The objective function for the optimization in the 

second stage of design consists in the minimization 

of the projected delamination area, dA , as predicted 

by Eq. (14) [30]. The problem is limited to the 

finding of dispersed laminate solutions with similar 

in-plane and flexural stiffness as the baseline 

conventional laminate by the application of the 

following constrains: 

0.9 1.1y x yE E E   

0.9 1.1Con Con

x x xE E E   

0.9 1.1Con Con

fx fx fxE E E   

0.9 1.1Con Con

fy fy fyE E E   

where xE , yE , fxE and fyE are the laminate in-plane 

and flexural stiffness modulii (
3 1

1112 / ( )fxE h D  

and 
3 1

2212 / ( )fyE h D ), h  is the plate thickness 

and 
1

ijD
 are the components of the compliance 

matrix. The superscript Con  refers to baseline 

conventional laminate resulting from the first stage 

of design. The balance of the dispersed stacking 

sequences is guaranteed by the application of the 

constraint: 

16 26 11, 0.01A A A  

where ijA  are the components of the in-plane 

stiffness matrix. To achieve the symmetry, the 

orientation angles of one half of the laminate are 

used as design variables, and are then mirrored. A 

sixth constraint guarantees that the laminate 

response under low-velocity impact is quasi-static: 

0.68
w


  

3.1 Ant Colony Optimization (ACO) 

The Ant Colony Optimization (ACO) is the 

algorithm used to disperse the conventional stacking 

sequences in an optimal way. The ACO algorithm is 

the simulation of the behavior of real ants when 

traveling between the nest and the food source. The 

way in which the ant chooses a certain path depends 

on the relative amount of pheromone concentration 

on the paths. The shortest paths to the food source 

have higher pheromone concentrations because more 

ants have successfully followed those paths in 

previous travels [12]. 

In the first trip from the nest to the food source (the 

first optimization iteration), an equal amount of 

pheromone is assumed in all the available paths 

(stacking sequences). Due to the similar amount of 

pheromone in all paths, the selection of the ants to 

the best path (stacking sequence) is random. After 

the first iteration, the effort spent by each ant (the 

objective function) is assessed and compared with 

that of the other ants. Based on the comparison, the 

ants update the amount of pheromone on each path. 

A higher amount of pheromone is added to the 

shortest path while smaller amount is added to the 

longest path. After updating the pheromone matrix, 

the ants travel again from the nest to the food (the 

second iteration). The selection in this iteration is 

not random. It depends on the amount of pheromone 

in each path (the former experience of the ants). The 

process of traveling is repeated until all ants follow 

the same path. At this moment, this path is 

considered as the shortest path, i.e. the optimum 

solution. The detailed algorithm can be found in [12-

14]. The criteria to calculate both the probability P  

of an ant k  to follow one path is: 

1

ijk

ij n

ij

i

P









              (19) 

where ij  are the components of the pheromone 

matrix,   is a parameter used to denote the degree 

of importance of pheromone, and n  the number of 

available orientations. The counter i  varies from 1 

to n  whereas j  varies from 1 to the total number of 

ants. At each iteration a new pheromone matrix is 

calculated as: 

new old best

worst

f
NT

f
               (20) 

where NT  is the number of ants that selected the 

orientation under consideration for the layer under 

consideration. The terms bestf  and worstf  are the 

objective function values for both the shortest and 

the longest paths, respectively. 
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4 Experimental analyses 

The material used in this study was the 

AS4D/TC350 carbon/epoxy. Fiber placement 

technology was used for the manufacturing of 24-ply 

impact and compression-after-impact test specimens 

with a total thickness of 4.46mm. The unidirectional 

material properties were measured according to the 

corresponding standard procedures, and are reported 

in [31]. 

The baseline conventional laminate is typically a 

traditional design optimized for some response 

characteristic such as buckling or vibration. In this 

study, the baseline was the common 24-ply quasi-

isotropic configuration: [45/0/-45/90]3s. In the 

optimized dispersed non-conventional stacking 

sequences the available ply orientation angles 

ranged from -85º to 90º with minimum jumps of 5º. 

The results of the optimization problem described 

above are plotted Fig. 2, for different impact 

energies. These predict that the damage area can be 

decreased by dispersing the stacking sequence of 

conventional laminates while keeping the global 

stiffness properties.  

 

Fig. 2 Damage area indicator as a function of the 

impact energy 

From the analytical formulation, it is clear that the 

delamination threshold is a function of the fracture 

toughness in mode II ( IIcG ). As reported by Kim 

and Mayer [32], this property is a function of the 

orientation angles of the two plies adjacent to the 

crack plane. In the conventional laminates, the ply 

orientation angles are limited to 0º, 90º and ±45º. 

This means that the interface angles between any 

two adjacent plies are limited to 45º and 90º 

whereas, by using the dispersed orientations, the 

interface angles can range from 5º to 90º. It is 

possible that the performance can still be improved 

by having different IIcG  values at different 

interfaces. 

On the other hand, there is the effect of ply 

clustering preliminary investigated in [15]. Ply 

clustering refers to laying a certain number of 

adjacent layers at the same orientation angle, 

yielding thick plies. These thick plies present less 

resistance to matrix cracking. In addition, matrix 

cracks often trigger delaminations which, in turn, are 

easier to propagate when thick plies are present. 

Clustering also increases the interlaminar shear 

stresses at the adjacent interfaces due to the 

increased difference in the bending stiffness between 

the ply groups. This increase in stress leads to larger 

delaminations. In addition, grouping layers with the 

same fiber orientation reduces the number of 

interfaces available for delamination. Reducing the 

number of the through-the-thickness locations 

available for delamination leads to fewer number of 

larger delaminations, under impact loading.  

To investigate these counteracting effects, new 

stacking sequence optimization runs were performed 

where the objective is to generate alternative 

stacking sequences with the same 
*D value, as 

defined by Eq. 3 while maintaining the same values 

of the in-plane and flexural stiffness properties as 

well. Two slightly different constrain cases were 

considered. In the first case (full dispersion), all the 

plies are allowed to assume dispersed ply orientation 

angles. In the second case, the orientation of some 

neighboring plies is enforced while the others are 

dispersed. The ply orientation enforcement has the 

objective of creating clusters of plies in the 

laminates, and hence allowing the evaluation of the 

effect of ply clustering in the impact response of 

laminates with the same in-plane and bending 

stiffness characteristics. The results of the impact 

and compression-after-impact tests on specimens 

with these non-conventional stacking sequences are 

presented in the following. 

4.1 Case 1: Full Dispersion 

Departing from the baseline, two dispersed ply angle 

configurations were generated in this case: 

NC_01:[10/35/65/85/65/35/5/-25/-35/-45/-55/-80]s  
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NC_02:[-65/15/90/30/-45/30/-25/55/-10/70/-10/-80]s 

In NC_01, the ply mismatch angle was allowed to 

range between 10º and 30º whereas in NC_02 the 

mismatch angle ranges between 55º and 80º. Ply 

clustering was not allowed during the selection 

process to avoid the effect of a different number of 

interfaces. 

The shape of the LVI induced damage as read by 

ultrasonic C-scan is shown in Fig. 3. These results 

are summarized in Fig. 4 where the projected 

delamination area is plotted as a function of the 

impact energy, for the three stacking sequences. For 

the lowest impact energy, the damaged area is 

similar for the three configurations. As the impact 

energy increases, delaminations grow larger for the 

NC_01 configuration than for the other two. 

 

Fig. 3 The impact induced projected damage shape on 

the baseline and dispersed laminates (case 1) as 

identified by C-scan readings. 

 

Fig. 4 Projected damage area as a function of the 

impact energy for the baseline and dispersed 

laminates 

The through-the-thickness position of individual 

delaminations is shown in Fig. 5 for the BL and 

NC_01 specimens impacted at 20J. For the baseline 

configuration, delaminations are observed at all 

interfaces starting from interface number 5 to the 

interface number 11, one of the interfaces closer to 

the midplane (interfaces are counted from the 

impacted face to the back face). Due to the setup of 

the C-scan, interfaces before the 5th are not able to 

be scanned. Below the midplane, some 

delaminations can be observed, whereas others 

cannot due to the relative position and size of the 

different delaminations. Ply splitting, due to 

bending, is also evident from the delamination shape 

at the interface furthest away from the impact. 

Except for the back face splitting, delaminations at 

different interfaces have almost the same peanut 

shape and size, giving rise to the circular projected 

area in Fig. 2. The response is completely different 

for the NC_01 sample while the through-the-

thickness shape of individual delaminations of 

NC_02 is more similar to that of BL laminate than to 

those of NC_01. Only three wide delaminations are 

observed in configuration NC_01, at interfaces 11, 

18 and 19. Relatively smaller delaminations are 

identified at interfaces 5, 6, 7 and 8, whereas at 

interfaces 9 and 10 (mismatch angle of 10º) no 

delaminations are observed. Delaminations in these 

interfaces cannot be detected either because they are 

small and hidden by the other delaminations (at 

interface 5, 6, 7 and 8) or simply because they do not 

exist. This seems to lead to the conclusion that the 

layers with a small mismatch angle act as a cluster 

of plies. 

The comparison between the three stacking 

sequences, based on the projected damage area 

indicates an advantage to the BL and NC_02 

configurations. However, the advantage of one 

configuration over the other cannot be judged based 

on the damage area alone because in the impacted 

NC_01 specimens there are wider but fewer 

delaminations whereas in the BL and NC_02 

specimens there are more but relatively narrow ones. 

The CAI strength normalized by the pristine 

specimen strength as function of the impact energy 

is shown in Fig. 6. It is shown that the relative 

residual strength of the dispersed laminate with 

small mismatch angle (NC_01) is higher than it is 

for the other two configurations. At 7.5J, the 

configuration NC_01 keeps its original strength 
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whereas the configurations BL and NC_02 loose 

about 21% and 30% of their original strength, 

respectively. At 20J, the configurations BL and 

NC_02 loose about 50% of their initial strength 

whereas the configuration NC_01 loses only 25%. 

 

Fig. 5 Through-the-thickness position of individual 

delaminations for the BL and NC_01 configuration 

impacted at 20 J. 

Composites containing one or more delamination 

can buckle at a lower level of compressive load and 

this level depends on the number, size, position and 

shape of the delaminations in the laminated 

composite materials. The reason behind the 

improvement obtained for the NC_01 laminate in the 

compression after impact strength can be related to 

the smaller number of delaminations. Unlike the 

other configurations, the NC_01 laminate is divided 

into smaller number of thick sublaminates during the 

impact event. The larger thickness of the 

sublaminates increases the buckling load and 

consequently the CAI strength. 

  

Fig. 6 Percentage of residual strength as a function of 

the impact energy 

4.2 Case 2: Dispersion and Clustering 

In this case, two dispersed stacking sequences were 

also designed. In the first one (NC_03) the algorithm 

was forced to lay four plies at 0º located at the 

specimen mid-plane, whereas, for the second 

dispersed laminae (NC_04), it was forced to 

construct two clusters of two plies at 0º located at 

the specimen outer surfaces. For both dispersed 

laminates, no extra clusters were allowed. The 

resulting lamination schemes are: 

NC_03:[-40/0/35/-45/-70/90/65/70/-55/40/02]s 

NC_04:[02/55/65/80/-50/50/-80/-60/-50/20/-15]s 

In these laminates about 40% of the interfaces have 

ply orientation mismatch angles in the range of 5º-

30º, 40% in the range of 35º-60º and 20% in the 

range of 65º-90º. 

The shapes of the projected delamination areas, 

resulting from the C-scan ultrasonic inspection on 

the impacted specimens of the BL, NC_03 and 

NC_04 configurations are shown in Fig. 7. These 

results are summarized in Fig. 8. For the lowest 

impact energy, the damaged area is similar for the 

three configurations. As the impact energy increases, 

delaminations grow larger for the non-conventional 

configurations than for the baseline. 
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Fig. 7 The impact induced projected damage shape on 

the baseline and clustered+dispersed laminates as 

identified by C-scan readings. 

 
Fig. 8 Projected damage area as a function of the 

impact energy for the baseline and 

clustered+dispersed laminates 

The through-the-thickness position of individual 

delaminations after an impact of 25J can be seen in 

Fig. 9 for the three configurations. Fig. 9a represents 

the delaminations on the baseline laminate which are 

similar in shape and position to the ones shown in 

Fig. 5a, the major difference being the amount of ply 

splitting on the non-impacted face.  

Unlike the conventional baseline laminate, the size 

of individual delaminations in dispersed laminates 

(both NC 03 and NC 04) is not the same at all the 

interfaces. In the case of clustering at the mid-plane 

(NC_03 in Fig. 9b), in addition to the ply splitting at 

the back face, three delaminations are responsible 

for the higher projected delamination area, compared 

to the baseline laminate (see Fig. 8). One of those 

delaminations is formed on the surface of the cluster 

closest to the impact point (interface 10), and might 

have occurred due to the high interlaminar stresses 

at that interface and to the high density of matrix 

cracking in thick plies. The other two wide 

delaminations are propagated at interfaces 15 and 

16, where the ply mismatch orientations are 85º and 

55º. For interfaces with small mismatch angle, for 

example interface 7 (with 5º), the delaminations are 

relatively narrow. As expected, there are no 

delaminations propagated inside the ply clusters. For 

the configuration with two ply clusters at the 

laminate surfaces (NC_04), it is also observed that 

delaminations do not appear at all the interfaces, and 

when they appear they have nearly equal sizes. 

Similarly to the other samples, delaminations do not 

appear, or are too small, for interfaces with small 

mismatch angles.  

 
Fig. 9 Through-the-thickness position of individual 

delaminations for the BL, NC_03 and NC_04 

configurations impacted at 25 J. 

From the current analysis, it is clear that the size of 

each individual delamination is a function of its 

through-the-thickness position (in general, 

delaminations below the midplane are wider than 

those located closer to the impacted surface), the 

mismatch angle of the interface (wider 

delaminations are propagated in between plies with 
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higher mismatch angle) and the thickness of the 

interfacing plies (or clusters). The thicker the plies, 

the higher the density of matrix cracks and the 

higher the interlaminar stresses are. These two 

factors contribute to the initiation and propagation of 

delaminations. 

The CAI strength for the BL, NC_03 and NC_04 

configurations is shown in Fig. 10. Compared to the 

baseline configuration, the laminate with one cluster 

at the middle of the specimen (NC_03) has higher 

values of the CAI strength at most of the examined 

impact energies. There is little improvement in the 

residual strength at low impact energies. However, 

for higher impact energies the improvements are as 

high as 20%. The reason behind this improvement is 

the existence of a thick cluster at the middle of the 

specimen with fibers oriented in the loading 

direction. The stiffness of this intact sublaminate 

delays the buckling of the total laminate improving 

its compression after impact strength. 

 
Fig. 10 Residual strength as a function of the impact 

energy on the baseline and dispersed+clustered 

laminates 

The improvement in residual strength in the case of 

ply clustering at the specimen surface (NC_04) is 

higher than for NC_03, up to 30% in this case. The 

reason of the higher residual strength, compared to 

the baseline configuration, is the existence of two 

clusters oriented at 0º, resisting the laminate global 

buckling. It is also clear that introducing two clusters 

at the laminate surfaces is better than having one at 

the middle. The reason behind this may be the 

higher bending stiffness of the surface sublaminate 

compared to the one at the specimen the mid-surface 

which can improve the compression after impact 

strength. 

5 Conclusions  

The results presented in this paper show that it is 

possible to improve the damage tolerance of 

laminates already optimized for a certain stiffness 

response. This can be achieved by using the whole 

range of possible ply orientations i.e. by dispersing 

the stacking sequence.  In such redesigned layups, 

some of the ply interfaces have low ply orientation 

mismatch, or even allow the forming of ply clusters, 

while other interfaces have large mismatch angles. It 

was observed that sublaminate sequences with 

interfaces with low mismatch orientations behave 

similarly to ply clusters within which no (or small) 

delaminations are formed. These sublaminates, if 

majorly oriented in the direction of the applied 

loading, confer the laminate a relatively high 

stability and compression-after-impact strength. 

Delaminations sufficiently large to divide the 

laminate in sublaminates will only occur at the 

interfaces with large ply orientation mismatches, the 

vicinity of ply clusters,  and at the backface of the 

laminate (due to ply splitting) . 

The phenomenology observed in these experiments 

is not accounted for by existing analytical 

formulations, which would predict equal response 

for laminates with the same equivalent bending 

stiffness. Due to the fact that damage resistance and 

tolerance are the most demanding criteria in sizing 

several composite structures, the results of this work 

raise the prospects of tailoring ply sequences so that 

the corresponding design allowable can be increased, 

leading to lighter structures. 
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1. General Introduction 

Glass fiber reinforced polymer (GFRP) using 

thermosetting resins are increasingly utilized for a 

wide range of applications, such as transportation, 

construction and energy. Indeed, the diversity in the 

manufacturing, possibilities from unidirectional 

laminates to randomly oriented fiber compound and 

attractive mechanical properties, make these 

materials very appealing. However, when these 

products come to end of life (EoL), they are rarely 

recycled. Consequently, increasing amount of 

composites wastes are produced and sent to landfill 

[1] . 

In the wind energy sector, composite materials are 

mainly present in wind turbine (WT) blades. As the 

wind energy sector is growing, these blades 

represent a considerable challenge for the future. 

According to the European wind energy association 

(EWEA) scenarios, the share of energy coming from 

wind should increase to 15.7% by 2020, to 28.5% by 

2030 and by 2050 the total electricity consumption 

coming from wind is expected to be 50% [2]. This 

represents millions of tons of blade to be produced 

globally over the coming decades, see Fig. 1 [1-3] 

resulting in considerable amount of waste to handle 

when these materials come to EoL. Estimations 

predict that the amount of EoL WT blade materials 

will account for 100 000 tons per year in Europe in 

2030 [3-4]. The Danish Energy Agency has 

registered all wind turbines connected to the power 

grid since 1977. From 1977 up to 2012 7618 

turbines were installed of which 2607 were 

decommissioned in the same period. The diagram in 

Fig. 2 shows the number of turbines installed each 

year for currently operating turbines. 

The diagram in Fig. 3 shows the dimension of the 

rotor diameter of the turbine installed since 1978. 

From these figures it is possible to notice that there 

are WT still running after 30 years. Furthermore, the 

diameter of the rotor has constantly increased since 

30 years [5].  

 

2. Wind turbine blade materials 

WT blades are typically made from continuous 

GFRP. The fabrics used are mainly made of E-glass 

fibers, which is a low cost glass fiber grade 

combining high strength (2 GPa) and stiffness (76 

GPa). The diameter varies from 8 to 30 μm. The 

resins used in WT blades are thermoset resins such 

as epoxy, polyester or vinylester resins. Part of the 

blade consists of sandwich laminates, see Fig. 4. 

The sandwich is built as uniaxial or multiaxial glass 

fiber laminates with balsa wood or polyvinyl 

chloride (PVC) foam as core material. Surfaces are 

protected using gel coats, polyurethanes. 

Thermoplastic foils or special paints are used on 

leading edges [7]. In proportion, GFRP represents 

approximately two third of the total weight of the 

blade. As a benchmark for weight it is known that a 

40m long blade weights approximately 8,4 t [8].  

The trend goes towards more and more optimized 

blade designs where the low weight is a key issue. 

Reinforcement with the light and stiff carbon fibers 

helps to keep down the weight of some of the long 

blades, but also hybrid composites with a mix of 

glass fibers and carbon fibers will be more common 

in the future.  

 

3. Current EoL solutions for WT blades 

WT are designed for a lifetime of 20 years. During 

this period, the blades may be inspected and repaired 

several times due to leading edge erosion, impact or 

other damages. Some of the WT might be taken 

down and replaced by newer WT. Some other might 

already be damaged. 

Depending on the reason for decommissioning, there 

are basically three EoL options for the WT blades. 

The schema in Fig. 5 describes these three choices. 

Two of them are gathered under the name of 

recycling, namely recovery and reuse. The third 

choice gathered all the non recycling solutions. This 

figure is based on the European waste framework 

[9], which defines recycling as “Any recovery 
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operation by which waste materials are reprocessed 

into products, materials or substances whether for 

the original or other purposes. It includes the 

reprocessing of organic material but does not include 

energy recovery and the reprocessing into materials 

that are to be used as fuels or for backfilling 

operations”. 

From these three options, EoL WT blades have 

currently the choice between two of them.  

The first one is to reuse them by extending their 

service life. Indeed, the turbine including the blades 

may still have residual capacity for several years of 

service. In Germany, a study [10] was carried out to 

investigate the effect of service life on WT blades by 

comparing the actual state and performance of 

blades after 20 years to the design properties of the 

blades. For that purpose, a WT operating for 18 

years next to a weather station was demolished for 

evaluation. The blade visual inspection, the moisture 

content, the natural frequencies, the coupling joints 

and the full scale blade test run in that occasion 

conclude that no significant damage was found by 

visual inspection as well as no significant loss in 

blade stiffness.  

Reusing WT and WT blades is technically possible 

and a number of companies operating in Europe and 

in the USA [11-15] offer refurbished or 

remanufactured WT typically in the range of 10 kW 

to 1 MW. The benefits listed are:  

 Access to a wide range of proven small and 

medium size turbines; 

 Short lead time; 

 Low cost, about half the price per Mw [16]. 

Refurbishment procedures may involve visual 

inspection, ultrasonic inspection, and natural 

frequency measurements of the blades. The blades 

might be in addition repaired, repainted, weighed 

and balanced. 

In the end, this solution seems technically affordable 

for blades with a rather small size, see Fig. 6. For 45 

m long blades, which are commonly produced 

nowadays, the viability of that solution might be 

challenged; due to transport difficulties see Fig. 7.  

If the blades are not reused, the alternative option is 

the non-recycling solution described in Fig. 5. It 

means that either the energy is recovered from the 

WT blades or they are sent to landfill.  

In the first case, the German company Holcim 

claims to use shredded WT blade materials as a 

substitute for fuel in the calcination of cement raw 

material. Holcim also write that they incorporate the 

ashes into the clinker matrix up to a ratio of 50 %  

[18-20]. Energy recovery is however difficult with 

GFRP, as glass fibers are not combustible and hinder 

the incineration [21-23]. Moreover, it is noteworthy 

that glass fibers represent around 70% wt of the 

laminate used in WT blades. In the end, if EoL WT 

blades are not used in cement, they are sent to 

landfill, which is, from the Danish point of view, as 

expensive as to send them to Germany. 

Considering all that and giving the challenging 

European target in terms of renewable energy and 

waste management, a fully recycling solution for 

EoL WT blades is needed as it might be the only 

solution accepted in the future.  

Since reuse might not always be possible, other 

recycling solutions need to be available in order to 

handle blades that cannot be refurbished. The 

optimal EoL solution for WT blades is therefore a 

combination of recycling solutions covering all 

potential challenges such as blade dimension and 

shape, location and age.  

 

4. Defining the optimal recycling solution 

The scheme in Fig. 8 details the possible EoL 

recycling solutions for WT blades. In this figure, the 

solutions are ordered according to the amount of re-

processing required. On the top of the figure are 

found the recycling solutions, which involve only 

few re-processing step, in contrary to the recycling 

solution shown in the lowest part of the figure. As a 

result, the first solution on the top is to reuse the 

whole blade as blade again and refers to the 

refurbishment solution mentioned earlier in this 

paper.  

According to the same hierarchy, the following 

option is to reuse major pieces of WT blades in new 

applications. An example is shown in Fig. 9, where 

these pieces are reused in a playground for children.  

Then, the next option is to cut large construction 

element out of the blade, like planks, beams, plates 

and curved elements. The geometries of these 

elements are restricted by the blade design and 

geometry. Regarding mass density and stiffness fibre 

reinforced polymer composites lies between woods 

and metals. This is illustrated in Fig. 10, showing 

density versus stiffness for various groups of 

materials. These pieces could be used in structural or 

semi structural applications, such as furniture, see 

the prototype in Fig. 11.  

From these large pieces, the following possibilities 

are either to extract the glass fiber fabrics embedded 

in the composite, see Fig. 12, or to continue the size 

reduction by shredding the composite. Several 

companies implemented mechanical processes to 
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shred EoL composite products such as Phoenix 

Fibreglass Inc. in Canada (1990-1996) [28-29] and 

ERCOM in Germany (1990-2004), but none of them 

still exist today. This shredded composite can be 

reused as filler material in new composite 

manufacturing or as acoustic and thermal insulation 

material [30], see Fig. 13.  

In the end, if the composite is shredded, fibers and 

resin can also be recovered from it, using thermal 

and/or chemical processes. This latter topic has been 

investigated for more than 20 years and techniques 

have been implemented [31] such as pyrolysis using 

microwave, subcritical water or fluidised bed. The 

products recovered from these techniques are glass 

fibers and sometimes chemicals from the resin. The 

recovered glass fibers have a decreased tensile 

strength [32-35]. The applications for these 

recovered fibers are diverse, for example they can be 

reused in new polymer composite manufacturing. 

However due to the glass fibers reduced tensile 

strength, the composite also shows reduced tensile 

properties compared to a composite only made with 

virgin glass fibers [32-37]. Moreover, none of these 

recycling techniques have been successfully 

implemented on a commercial scale. The company 

ReFiber in Denmark used pyrolysis to recover glass 

fiber from WT blades and transform it to insulation 

material [38] but stopped operating in 2007.  

To sum up, the optimal recycling solution is a 

combination of the above mentioned solutions. To 

determine which of them are viable and how to 

implement them, the next part presents the 

objectives of the GenVind project, which is focusing 

on these challenges. 

 

5. Implementing the optimal recycling solution  

5.1. The GenVind Project 

The GenVind consortium (2012-2016), supported by 

the Danish Council for Technology and Innovation 

has the ambition to find an optimal recycling 

solution for EoL WT blades [39]. All of the above 

mentioned solutions described in Fig. 8 will be 

investigated. For that the project is divided in work 

packages that cover all the phase of a recycling 

process, from the dismantling of the blade, to the 

transport, the reprocessing and the reuse of the 

recovered material.  

 

5.1.1. Work packages 

To determine the potential of the different recycling 

solutions, three types of working packages have 

been defined.  

 

Research work packages lead by the universities 

will focus on the optimization of existing recovery 

processes, on the characterization of the recovered 

materials and on the implementation of a pilot scale 

study. 

 

Technological work packages involving one or 

more partners will concentrate on developing and 

implementing the technology based on mechanical, 

thermal and/or chemical processes to recover resin 

and fibers from composite. Some of the 

technological work packages will focus on the reuse 

of the recovered materials. Finally, there is also a 

technological work package dedicated to the 

assessment of the environmental impact and energy 

consumption of the different composite recycling 

scenarios. 

 

To validate the recycling solutions implemented in 

the precedent work packages, the project also 

includes demonstration work packages, to show 

examples of application for the recovered products.  

 

 

5.1.2. Partners 

To fulfill the work packages objectives, many 

partners specialist in one or more of the WT blade’s 

life cycle parts are involved, namely producers, 

maintainers, re-processer and re-users. 

 

WT blades manufacturers: 

 Vestas; 

 Siemens Wind Power; 

 LM WindPower; 

 

Composite products manufacturers: 

 Fiberline 

 Velux 

 Tunetanken 

 TUCO 

 Dyrup 

 Comfil 

 

Maintaining, dismantling and re-processing 

companies: 

 Barsmarck 

 Averhoff 

 IF Nedbrydning 

 Davai 

 Ålsrode Smede og maskinfabrik 

 Elcon 

ICCM19 888



 

Potential re-users: 

 Novopan 

 Midform 

 Contec 

 

Authorized Technological Service Institutes (GTS:) 

 Force Technology 

 Teknologisk Institute 

 

Universities: 

 University of Aalborg – Department of 

Biotechnology, Chemistry and 

Environmental Engineering 

 Technical University of Denmark – 

Department of Wind Energy 

 University of Nottingham - Faculty of 

Engineering 

 

One of the important questions for most of these 

partners is to know the properties of the material 

recovered from EoL WT blade in order to determine 

their viability in one or another application.  

As explained in this paper, there are many potential 

recycling solutions for EoL WT blades and each of 

them have different recovered product (entire 

section, plate or shredded), see Fig. 8. Specific 

characterization procedures are therefore needed and 

the next part introduces the first tasks to achieve that 

work. 

 

5.2. Characterizing EoL WT blade material 

For the entire blade, that can be refurbished, full 

scale test on the blade structure will be of interest. 

Whereas, if we go down in the hierarchy to single 

glass fibers, then these full scale tests might not be 

relevant if the fibers are planned to be reused on 

their own. The following points detail the 

characterization work needed for each level. 

 

Entire blade 

The characterization of the full blade is meant to 

determine whether the blade can be reused or not. 

For that, the location and evaluation of the damages 

can be done using visual inspection and ultrasound 

scanning. 

 Damage detection; 

 Mechanical testing of blade; 

 Mechanical testing of composite; 

 Microscopy and porosity content. 

 

Major pieces and construction elements 

Major pieces of WT blade and construction elements 

are meant to be reused in structural or semi 

structural applications. For that purpose, besides the 

mechanical properties, the determination of which 

geometry can be cut out of the blades is important. 

 Mechanical testing of composite; 

 Microscopy and porosity content. 

 

Shredded composite and recovered fabrics and fiber 

Shredded composite can be reused as reinforcing 

material in new polymer composite, but also as 

insulation materials. For both of these applications, 

the analysis of the shape of the shredded component 

is of interest. Regarding recovered fibers, the surface 

properties are the main concern, the main challenge 

is to determine the nature of the surface degradation 

and how to improve it. 

 Mechanical testing of fibers; 

 Microscopy: shape analysis and fiber 

surface analysis. 

 

These are the preliminary questions in building the 

different characterization procedures. From all these 

points, the literature only details information on full 

scale test of EoL WT blade. There are no results 

available regarding the mechanical testing neither 

the microstructure of composite from WT blades. 

 

In the GenVind project, the Department of Wind 

Energy within the Technical University of Denmark 

will focus on defining these characterization 

procedures for the recovered materials from EoL 

WT blades. The focus will first be set on the top of 

the hierarchy presented in Fig. 8, meaning the full 

blades, major section of blade and construction 

element.  

 

6. Conclusion 

The difficulties to recycle thermoset polymer 

composites and the complex structure of WT blades 

make the recycling of EoL WT blades challenging. 

However, a recycling solution combining several 

techniques might solve this issue. Based on a 

description of WT blade materials and the available 

composite recycling techniques, this paper structures 

the potential opportunities.  
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Fig. 1.Annual use of composite materials in blades [2] 

 

 

Fig. 2.  Currently operating wind turbines and year of 

connection to the power grid [5] 

 

 

Fig. 3.Currently operating wind turbines, rotor diameter 

as a function of year of connection to the power grid [5] 
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Fig. 4. Cross section of a blade [6] 

 

 

Fig. 5 End of life solutions for composites 

 

 

  

Fig. 6 Transport of rather small EoL WT blades by 

Green-Ener-Tech Denmark [11] 

 

 

Fig. 7 Transport of a 59 m long blade [17] 

 

 

Fig. 8. Possible recycling solutions for EoL WT blades 
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Fig. 9. Wikado playground in The Netherlands by 

Architecten [24] 

 

 

Fig. 10 Diagram showing stiffness versus mass density 

for different materials [25] 

 

 

 

 

Fig. 11 Prototype of furnitures made out of EoL WT 

blades by Wigh Design [26] 

 

 

Fig. 12 Recovered glass fiber fabrics [27] 

 

 

Fig. 13. Reuse of shredded composite [30] 
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Introduction  

The transport sector is one of the fastest 

growing consumer of energy and producer of 

greenhouse gases in the world. Consequently, 
transportation means with a low energy consumption, 

and thus global warming, are more and more 

demanding as being a major concern again the 
protection of the environment and hence respect a 

durable development. This aim can be achieved by 

reducing the mass of the transportation means and 
this by replacing metallic materials by composites 

ones on structural parts subjected to severe 

mechanical solicitations and this with equal 

mechanical performances. Indeed, composite 
materials are able to propose credible answers to the 

optimization of the thick structural parts with 

significant size through their good ratio 
strength/weight and especially their anisotropy 

which can be adapted to the mechanical solicitation 

of the structure.  

To manufacture the composites pieces, LCM 
processes are the more interesting ones because they 

offer the best compromise in terms of repeatability, 

production rates and low final cost. The first step of 
the processes consists in draping a dry preform 

before injection of the liquid resin. This stage is a 

delicate phase and the mechanisms taking place are 
complex and different than the ones occurring 

during the stamping of metallic sheets. These 

mechanisms are far from being fully understood [1] 

which hampers the mastery of the manufacturing 
process and development of composite materials. In 

addition, the increasing use of materials with low 

environmental effect (biomaterials ...) and complex 
weaving architectures (interlock, 3D fabrics), makes 

it more difficult.  

Among the strategies useable to investigate a priori 
the formability of a given fabric on a given shape, 

finite element simulation and experimental 
demonstrators can be considered. The 

complementarily between these two methods will 

enable to understand and model accurately the 

performing step and will hopefully permit to 
decrease the cost and time needed for the tools and 

fabrics development.  

Many methods have been proposed recently to 
achieve representative sheet forming simulations of 

dry fabric, with different approaches [2-4]. These 

studies need several key entries such as the dry 
fabric mechanical properties and the fabric/tool 

friction coefficient, which have been widely studied 

[5-8]. The obtained results must be validated with 

experimental data of woven reinforcement forming 
using experimental approaches [9-12].  

When dealing with the multilayer forming of thick 

composite parts, a significant relative sliding of the 
layers occurs [13]. This sliding generates inter-ply 

friction that is of significant when dealing with 

composite forming. In fact, several numerical 

studies, some of which were correlated with 
experimental results, have highlighted this effect 

both in dry fabric forming that during forming of 

pre-consolidated laminated composites [14-17]. 
These studies showed that the final preform depends 

heavily on the inter-ply friction. However, these 

studies were carried out on simple preforms 
geometris (like dome) on which little or no faults 

occur.  

Moreover, studies conducted on dry reinforcements 

used nonwoven reinforcement (NCF) [13, 17]. The 
effect of the inter-ply friction of this kind of fabric 

will be less severe than the woven fabrics because 

the phenomena that occur during friction of woven, 
such as shocks of overhanging yarns, are not present 

[18, 19]. So forming woven fabric reinforcement can 

leads to the defects apparition or their amplification. 
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Far as we know, there is no study done on complex 

shapes made with woven dry reinforcements. These 

non-developable shapes lead to higher shear angles 
(up to 60°) and various defaults [10, 20]. So the 

knowledge and understanding of the effect of 

friction on the behaviour of the preform is necessary 
for mastering processes. 

The aim of this study is then to investigate 

experimentally the effect of fabric/fabric friction 

behavior on defects apparition when dealing with 
multilayered highly double curved shaping of 

composite dry fabric. For this purpose, forming tests 

using an interlock fabric are carried out. The results 
obtained on single layers and multilayers forming 

are compared focusing on defects quantification and 

measured shear angles. 
  

Material and method  

Tested Fabric: 

The tests presented in this paper are carried out on a 
commercial composite woven reinforcement used in 

aeronautic field. It is a powdered interlock fabric, 

denoted Hexcel G1151
®
, with an areal weight of 630 

g/m² and is comprised of T300JB 6K yarns (Figure 

1). The nominal construction is 7.5 yarns/cm for 

warp and 7.4 yarns/cm for weft. The G1151
®
 unit 

cell consists of 6 warp yarns and 15 weft yarns, with 
the weft yarns being distributed on three levels. In 

situ average yarn width is about 2mm for warp and 

3mm for weft. The mechanical behaviors of this 
fabric and its formability have been widely studied. 

 

 

 

 

 

 

 
Figure 1: Woven carbon reinforcement (G1151®). 

 

Forming device: 

Experimental device developed in our lab in 
collaboration with EADS Company was used to 

carry the preforming tests (Figure 2) [9]. It is 

composed of three parts. The first part consists in a 

pair punch/open-die that can be easily changed and 
adapted. The punch is moved using an electric jack 

in order to control easily and accurately the punch 

position and speed. Sensors enable to track: the 
position, speed and load exerted by the punch. 

The die is chosen open to carry optical measurement 

on the fabric during stamping using the second part 

of the device composed by a stereo vision system. 
This system is composed by two commercial charge 

coupled device (CCD) cameras that can be 

positioned in function of the specific zone of the 
fabric that has to be analyzed. They are connected to 

a computer and permit to record continuously 

images of the samples during the shaping process. 
The maximum image resolution of these cameras is 

1380×1024 pixels with a 8-bit digitization for grey 

levels (28=256 grey levels). The maximal 

acquisition frequency is one image per second. 
Images are recorded, digitized and stored in a 

computer as digital images. They can be post-

processed, using software based on digital Image 
Correlation (DIC) or marker tracking techniques, in 

order to calculate the displacement fields and thus 

the strain fields if needed. 

 

 
Figure 2: Experimental device for fabric shaping 

The third part of the device is constituted by a blank 

holder system: two mechanisms have been designed. 

The first one is a classical multi-part blank holder. It 
is composed of maximum 9 independent blank 

holders actuated by maximum 9 pneumatic jacks 

that enable to impose and sensor independently a 

variable pressure on each of them. Here again the 
system has been designed so that the contact zones 
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of the black holders can be easily manufactured and 

changed to investigate the influence of their 

geometry on the process. The second disposal is 
designed to replace the blank holders by a fixed 

tension on the yarns extremities. This disposal is 

dedicated to investigate the real impact of the 
pressure and friction forces applied by the blank 

holders. It enables an easier comparison with finite 

element simulation since the complex phenomenon 

of pressure and friction between the yarns and the 
blank holders does not need to be modeled in this 

case. 

 
Tests conditions: 

There is a complex relationship between the fabric 

mechanical properties, the forming process 
parameters (blank holder pressure distribution) and 

the part shape. Since our study concerns the effect of 

the interplay sliding on the defects appearance, test 

conditions and adequate shape allowing defects 
appearance must be chosen.  

The first important point is the choice of a highly 

double curved shape that can generate a wide range 
of defects with maximum amplitudes. In fact, if 

experimental data on simple shapes such as 

hemisphere can be found here and there, this shape 

does not promote the appearance of defects. For this 
purpose, a prismatic punch with a triple point, that is 

highly non-expandable with small curvature radii, 

used previously for forming a case corner has been 
chosen for this study (Figure 3). The dimension of 

the punch and the die can be found in [20]. 

 

 
Figure 3: Prismatic shape used for this study. 

The second point concerns the forming process 

parameters which must be chosen according to the 
fabric behaviors. To form complex shapes such as 

the one concerned in this study, the fabric may 

accommodate large in-plane shear deformation. It 

was shown that the G1151® fabric is particularly 
adapted to this deformation mode, with a high value 

of the locking angle (~55–60°) [5, 7].  

 

 

 

Blank-
holders 

Weft 

Warp Fabric ply 

Prismatic Punch Die 

900 mm 

1
0

0
0

 m
m

 

 
 

Configuration (a) 

Upper layer

Lower layer

Weft
Warp

45°

 
Configuration (b) 

Figure 4: Initial positioning of the fabric for the two 

configurations of multilayer forming 

 

When the shear reaches the “locking angle” values, 

the shear stiffness becomes too high and the fabric 
starts wrinkling. A wrinkle is an out of plane 

phenomenon appearing when less energy is needed 

for an out of plane deformation than for an in-plane 
deformation. It is one of the most well known 

forming defects that has to be avoided because it 

results in a significant decrease of the mechanical 
properties of the final composite part. However, the 

only notion of locking angle is not sufficient to 

anticipate the presence of wrinkles. Indeed, the 

wrinkling phenomena: position, shape, number…, is 
strongly related to the bending stiffness of the layer 

but also to the tensile loading on the fabric [21]. 

Coupling between shear and tension has been 
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noticed in different papers through an increase of the 

locking angle observed by different teams during 

picture frame tests with pretension [5, 22]. This 
means that it is possible to obtain high shear 

deformation where the shear angle is higher than the 

locking angle if tension is applied to the fabric. So, a 
rise of the blank-holder pressure has the tendency to 

delay the appearing of wrinkles [20]. 

Furthermore, increasing the applied tension on yarns 

leads to significant residual stresses in the fabric. 
The consistency of reinforcement may then be 

undermined resulting in other defects such as broken 

yarns and/or "weave pattern heterogeneity" 
phenomenon [20]. These defects are more severe on 

the used shape; this is why the drawing with a high 

blank holder pressure was chosen for this study to 
ensure maximum defects on the final parts. 

Based on the above analyze, tests were carried out 

with one layer and then with several layers of dry 

fabric with the same test conditions. Two 
configurations were realized. In the first one, the 

fabric has been initially positioned with the weft and 

warp network parallel to the edges of the punches 
faces (see Figure 4. a).  This configuration have been 

tested with one layer and then with two layers. For 

the second configuration, interlock fabric were 

placed as illustrated in Figure 4. b when shaping two 
plies. For the second configuration, two plies of the 

fabric were placed as illustrated in Figure 4.b before 

shaping tests. To compare this test results with a 
single-ply ones, a forming test was performed with a 

single fold oriented at 45° like the lower fold on the 

Figure 4.b. 
Eight blank holders were used around the preform in 

order to apply tension on the yarns through the 

fabric/metal friction. A blank holder pressure of 

4bars is applied by the pneumatic jacks that 
correspond to an applied force of 9.22N/yarn. After 

positioning the fabric, the punch moved with a speed 

of 30 mm/ min and images were recorded using the 
CCD cameras.  

After forming tests, defects and shear angles were 

quantified in the useful shape areas for each test then 
quantitative and qualitative comparisons were made 

between the different configurations. 

 

Results and discussion  
Configuration 1 

The forming tests according to the 

configuration 1 (see Figure 4. a) give a good shapes 

quality at the macroscopic level. An outside view of 

the preforms, realized with one and two layers, 

shows that the agreement with the punch shape at 
the end of the forming is pretty good (Figure 5).  

 

 
Figure 5: View of the prismatic shape for two layers 

forming according to configuration 1. 

 

Wrinkles appear as it was foreseen but not in the 

useful part. These wrinkles have no consequence on 
the composite parts quality since the non-useful 

zones will be cut after the process. These results 

confirm first the influence of the tension in yarns, 
due to the blank-holder pressure, on the presence of 

wrinkle. 

Another type of defect denoted “out of plane 

buckles” appears on faces and edges of the prismatic 
preforms (Figure 6). The “out of plane buckles” 

could be assimilated to the out of plane buckling of 

yarns that can be compared to the wrinkling 
phenomenon but this one takes place at the scale of 

the fabric, whereas buckling takes place at the scale 

of yarns [20]. Locally these buckles constitute a 

consequent over thickness that leads to local 
heterogeneity of the fabric. For the prismatic shapes 

realised according to configuration 1, they are 

localized on the triangular faces, at the middle of the 
face but also on the diagonal edges, separating the 

triangular to the rectangular faces. They are 

localized on zones of about 15 to 35 mm width. 
Location and magnitudes of the wrinkles and 

buckles defects are almost the same for single-ply 

and two layers prismatic shapes realized according 

to the configuration1. 
Figure 6 shows the measured shear angles on the 

frontal face of the two plies shape where the fabric is 

the most stressed. The angles vary between 46° and 
50° when the measured angles for the single-ply 
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shape are about 49°
±1

. They shear angles remain 

relatively the same between the single ply and the 

two plies final shapes. In addition, the highest shear 
angles were achieved in the base corners (up to 55°) 

but without creating wrinkles, which still shows 

once again the effect of blank holder pressure on 
delaying of wrinkles appearance (Figure 6). 

 

46,5  0,5

49 ± 147  1

Buckles

Shear Maxi : 50 -55  
 

Figure 6: Shear angles and defects on the frontal face of 

the prismatic shape of two layers forming according to 

configuration 1. 

 
It can be concluded that the friction has no 

significant effect on the behavior of the preform at 

the outer faces and this despite the inter-ply sliding 

that occurs when the two plies forming is carried out. 
Indeed, the zone appearance of defects and their 

magnitude as well as the shear angles of the fabric 

remains relatively unchanged for the two final 
shapes. This is probably due to the low relative 

observed sliding between the plies. 

This observation is not the same when we interested 
to defects that occur on the inner faces of the final 

shapes. In fact, when we look at the inner faces of 

the preform, we observe additional defects that do 

not appear on the outer faces and a difference 
between the single-layer and multilayer. 

The “out of plane buckles” appear at the same areas 

and with the same magnitude on the inner and outer 
faces of the single-ply and two-plies shapes (Figure 

7 detail a).  

However, additional defects such as wrinkles, 

broken fibres and buckles appear on areas of the 
inner faces whereas they were not observed on the 

outer surfaces (Figure 7 detail d). Indeed, fibre 

breakage was observed on the prismatic shape's 
triple points but with a largest range in the case of 

multilayer shape. This fibre damage is not due to 

tension introduced by the blank holder’s pressure 

because it is lower than the yarns maximum strength 

[20]. It is probably due to the severe stresses 
generated by the boundary conditions (small 

curvature radii of the triple point), the ply/ply 

friction behaviour and the pressure exerted by the 
upper layer on the lower one.  

 

Detail c
Detail b Detail d

Detail a
 

 

  
Detail a   detail b 

   
Detail c   detail d 

Figure 7: View of the inner faces of the two layers 
prismatic shape formed according to configuration 1 

 

These conditions are also likely the cause of buckles 

associated to “weave pattern heterogeneity” that 
were observed on the base corners of the inner faces 

(Figure 7 detail b). These defects were only 

observed in the inner faces of the shape formed with 

two interlock layers. They were not expected 
because a high shear angles occur at these areas. The 

“weave pattern heterogeneity” is caused by a relative 

slip of the weft and warp yarns and leads to a very 
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low local yarn density [20]. This type of default 

depends mainly on the complexity of the shape, the 

boundary condition as well as the cohesion of the 
fabric weaving. 

 

 
Figure 8: Phenomena occur during fabric/fabric contact 

behavior: yarn/yarn friction and shock phenomenon 

caused by overhanging [19] 
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Figure 9: Evolution of tangential load during fabric/fabric 

friction test of G1151® reinforcement.  

 

On the upper faces of the preform, wrinkles were 

observed for the multilayer shape (Figure 7 detail c). 
This defect should not appear on this area because 

the high blank holder’s pressure. This defect is due 

to the effect of the ply/ply friction behavior that 
occurs due to the interplay sliding. Indeed, it has 

been shown that fabric/fabric contact behavior 

consists in the superposition of two phenomena 

(Figure 8 ) [19]. The first one is on the yarn/yarn 
sliding friction that occurs between the yarns 

oriented in direction of the movement. The second 

phenomenon is the shocks that take place between 
the transverse overhanging yarns of each ply, at each 

period of the unit cell. This second phenomenon 

generates a high reaction force that leads to 

increasing maximum friction values. Reaction force 

due to this phenomenon increases leading to high 

maximum friction values (peaks of Figure 9). 

Shocks phenomenon that occurs will result in 
hampering the interplay relative sliding because of 

the high tangential forces generated value (peaks) 

with respect to the tension exerted on the yarns by 
the blank holder pressure. It follows that this 

obstacle will promote the appearance of wrinkles. 

 

 
Configuration 2 

The shapes realized according to configuration 2 

showed more extensive defects. The external view 
of the single-layer shape shows wrinkles and “weave 

pattern heterogeneity on the external faces in 

addition to the out of plane buckles. The buckles 
positions are not the same comparatively to the 

single-layer shape obtained according to 

configuration 1. This is due to the relative position 

between the fabric and the punch. However other 
defect appeared only in this configuration. These 

defects were attributed to the effect of the relative 

orientation between the fabric major networks (warp 
and weft) and the punch. In fact, this shape was 

formed with a fabric relative orientation of 45 ° with 

respect to the configuration 1. We can then conclude 

that the fabric initial position with respect to the 
punch has an effect on the type and amount of 

defects when dealing with highly double curved 

shapes. The measured shear angles (maximum 
between 42-48° for this shape) remain relatively the 

same between the two configurations. 

 

Buckles

Wrinkles

Wrinkles + weave 

pattern heterogeneity

 
Figure 10: View of the monolayer (oriented at 45°) 

prismatic shape formed according to configuration 2. 
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Buckles

Wrinkles

Fiber broken

Wrinkles + weave pattern 

heterogeneity

 
Figure 11: View of the two-plies (45°/0°) prismatic shape 

formed according to configuration 2 
 
Figure 12 shows the external view and defects 

location of the two-layers shape formed according to 

configuration 2. Note that the external layer is 
oriented at 0°. All defaults observed on the previous 

preforms are present on the outer ply faces and have 

increased compared to all achieved shapes (Figure 

12). The reached shear angles are about 53 to 62° on 
the frontal faces. The shape is not acceptable in this 

state and this necessarily affects the injection 

process, but also the expected characteristics of the 
final composite part. This increase in the defects 

number and their magnitudes is attributed to the 

coupled effects of the initial plies fabric orientation 
(especially inner one) according to the punch but 

also the ply/ply friction due to the interplay sliding.  

Moreover, this fact is confirmed especially when 

comparing the inner faces of the two shapes (with a 
single-ply and two plies) obtained according to 

configuration 2 (Figure 12). These faces are those of 

plies having the same orientation (45°) with respect 
to the prismatic punch. It was observed that the type 

and location of defects remain substantially the same 

(Figure 12). However, their magnitudes and their 
quantities were significantly higher in the case of the 

preform obtained with two plies fabric. Knowing 

that these plies are obtained under the same 

conditions (orientation, blank holder’s pressure, 
etc. ..) except the ply/ply friction that occurs for 

multilayer shaping. This leads us to conclude that 

the shock phenomenon between yarns which 
dominates the fabric/fabric friction is the main cause 

of this defects increase. 

 

singlelayer

Shear angles : 42-48 
 

Two layers

Shear angles : 42-48  

wrinkle + weave pattern heterogneity

wrinkles

Out of plane buckles

Fiber broken

 

Figure 12: Defects comparison of the inner faces (oriented 

at 45°) of the singe-layer and two layers prismatic shapes 

formed according to configuration 2 
 

However, a previous study showed that the 
fabric/fabric Coulomb friction coefficient is 

sensitive to the relative orientation of the two 

samples [19]. It also showed that the average 
coefficient, and therefore the maximum tangential 

forces due to shocks between transverse and 

longitudinal yarns of the two samples, is more 
important when G1151

®
 interlock samples are 

positioned to0°/0° then to 0°/45° [19]. Therefore the 

friction phenomenon should have more effect on the 

defects appearance on the shapes realized according 
to configuration 1 where the plies are oriented in the 

same direction.  
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But we must also consider that when forming 

multilayer shape according to the configuration 1, 

there has been a relatively small relative 
displacement between the two plies. However, the 

relative movement between folds that occurred on 

the second preform is significantly larger which was 
promoted by the relative position between the yarns 

networks (weft and warp) and the punch. 

 

Conclusion 
These experimental work concerns the study of the 

effect of inter-ply sliding on the defects appearance 

for multilayered composite shaping. Forming tests 
were carried out on single-layer and multilayer 

shapes. Two configurations, using different relative 

position between the plies and the punch, were 
considered.  

Comparisons showed that the shear angles on 

different areas of interest are almost identical 

between the multilayered shapes and single-ply ones.  
For defects, the locations of areas on which they 

appear are the generally same. However, the 

magnitude of each defect and the extent of the 
affected areas are more significant in the case of 

multilayered shapes. Additional defects, such as 

fiber breakage, were also observed in the same areas 

for this configuration.  
The measures and observations carried out in this 

study highlight the effect of the ply/ply friction 

behavior, due to relative sliding between layers, on 
the defects and their appearance. This is due to the 

shocks phenomenon that takes place between the 

transverse overhanging yarns of each ply, at each 
period of the unit cell. This phenomenon hampers 

the interplay relative sliding and generates high 

tangential forces with respect to the tension exerted 

on the yarns by the blank holder pressure. It follows 
that this obstacle will promote the wrinkles 

appearance.  

It has been shown that the relative position between 
the ply and the highly non-expandable punch is 

important and promotes the inter-ply sliding and 

then defects appearance and/or their amplification 
for multilayered composite shaping. 

Nevertheless, an intensive work remains to do in 

order to understand and master the coupling 

phenomena and relationships between defects, fabric 
mechanical behaviours, forming process parameters 

and the part shape. 
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1 Introduction  

In recent years, continuous fiber reinforced 
thermoplastic composites are attracting a lot of 
attention in various area such as automobile industry 
and aircraft industry because of the improvement of 
the fuel efficiency and the capability of automobile 
and aircraft. Thermoplastic composite can be 
molded in high cycle compared to thermo-setting 
composite and it has also second workability and 
recyclability. However, the combination of 
continuous fiber and thermoplastic resin have 
disadvantage that impregnation of resin to fiber 
bundle is difficult since the melting viscosity of 
thermoplastic resin is high. Therefore, the high cycle 
molding with the use of high impregnation materials 
have been expected.  
Hollow structural products with high strength and 
high rigidity by continuous carbon fiber are 
demanded as primary member for automobile 
industry.  Frame structure as shown in Fig.1 can be 
constructed by welding thermoplastic composites 
such as cylindrical pipe, square pipe, pipe joint and 
so on because thermoplastic composite has second 
workability. 
The purpose of this study is to construct frame 
structure with high impregnation materials by high 
cycle molding. In this study, inner pressure molding 
by heating device of high frequency IH was adopted 
as high cycle molding for braided fabric reinforced 
thermoplastic composites.  
In this study, versatile members such as cylindrical 
pipe and square pipe by this molding method were 
molded and these members were evaluated 
formability. 
Cylindrical pipes were molded with braided fabric at 
different molding time. Molding state was evaluated 
by measurement of molding temperature history at 

molding and cross-sectional observation of these 
cylindrical pipes. And molding time was determined. 
Molding time of square pipes was determined by a 
method similar to cylindrical pipe. Then, square 
pipes was made with braided fabric and woven 
fabric by the determined molding time. Molding 
state was evaluated by cross-section observation of 
molding products and mechanical property was 
evaluated by tensile test in each reinforcements. 
 

 
 

Fig.1. Appearance diagram of Frame structure 
 

2 Materials 

2.1 Intermediate material 

Intermediate materials selected in this study are pre-
impregnated tape (PT). PT consists of carbon fiber 
and polypropylene resin. Use of PT was intended to 
decrease the impregnation time. Cross-sectional 
photograph of PT were shown in Fig.2. The 
specifics of PT obtained by cross-section 
observation are as indicated below; PT was 5mm in 
width, 0.15mm in thickness, 0.4% in Un-
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impregnation containing void (UCV), and 49% in Vf. 
Definition of UCV is shown in Fig.3. UCV was 
defined the proportion of un-impregnation area and 
void in fiber bundle for cross-section area of 
molding products. 
 

 
 

Fig.2. Cross-section photograph of PT 
 

 
 

Fig.3. Definition of UCV. 
 

2.2 Reinforcements 

Reinforcements was used in this study are indicated 
below. Braided fabric consists of only diagonally-
oriented braiding yarn as shown in Fig.4. Braided 
fabric-MEY consists of diagonally-oriented braiding 
yarn and longitudinally-oriented middle–end-yarn as 
shown in Fig.5. Woven fabric consists of warp and 
weft yarns as shown in Fig.6.  
Reinforcements used in molding of cylindrical pipe 
are braided fabric. The braided fabric consists of 24 
braiding yarns. The number of staking layer was 
2ply. 
Reinforcements used in molding at different 
molding time of square pipe were braided fabric. 
The braided fabric consisted of 48 braiding yarns 
with 45 degree of braiding angle. The number of 
staking layer in braided fabric was 7ply. 
Reinforcements used in molding by the determined 

molding time of square pipe were braided fabric, 
braided fabric-MEY and woven fabric. Fabrication 
method of reinforcements was shown in Table 1. 
The braided fabric consisted of 48 braiding yarns 
with 45degree of braiding angle. The number of 
staking layer in braided fabric was 7ply. The braided 
fabric-MEY consisted of 48 braiding yarns with 
45degree of braiding angle and 24 middle-end-
yearns. The number of staking layer in braided 
fabric-MEY was 7ply. The number of staking layer 
in the woven fabric was 7ply. 
 

 
Fig.4. Braided fabric 

 

 
Fig.5. Braided fabric-MEY 

 

 
Fig.6. Woven fabric 

Fiber bundle Un-impregnation area

Cross-section of molding product

Void

Braiding angle

Braiding fiber

-θ +θ

Braiding angle +θ-θ

Braiding fiber

Middele-end-yearn
(MEY)

Warp yearn Weft yearn

Sample name
Number of braiding 

yearm
Number of middle end 

yearn
Braiding 

angle(deg)
Number of 

layer
B-S 48 - 45 7

BM-S 48 24 45 5

W-S - - - 7

Table 2 Fabrication of square pipesTable 1 Fabrication of square pipes 
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3 Molding method 

3.1 Inner pressure molding by heating device of 
high frequency IH 

Inner pressure molding system is shown in Fig.7 and 
this molding method is shown below. Materials with 
hollow structure designed for the molding die were 
inserted into the die. The bag used in inner pressure 
molding was made by kapton film and PTFE tape 
such that this bag shape was equal to inside sectional 
area of molding products. This bag was inserted into 
inside of base materials, and the die was closed. This 
bag was expanded by injected air. Therefore, base 
material received pressure from inside. Then 
thermoplastic resin was melted by rapidly heated die, 
and the melted resin was impregnated into fiber 
bundle. And hollow structure product was molded 
by high cycle. 
 
 
 

 
 

Fig.7. IH inner pressure molding system 

3.2 Molding time 

Definition of molding cycle is shown in Fig.8. In 
this study, heating time was defined the time that the 
die is heated to mold temperature from ordinary 
temperature. Holding time was defined the time 
from the setup mold temperature until the start of 
cooling. Cooling time was defined the time from the 
start of cooling to mold temperature that is able to 
eject the molding product. 
 
 

 
 

Fig.8. Definition of molding cycle. 
 
 
 

3.3 Molding condition 

3.3.1 Cylindrical pipe  
Cylindrical pipes (50mm in external diameter, 
200mm in length) were molded by molding 
condition as shown in Table 2. Molding temperature 
and time was kept at 200 oC and 5min (Heat up 

Cooling 
water

Coil

CFRTP

Air horse

Press 
machine

Die

BagConnector

Molding time (min)

M
ol

d 
te

m
pe

ra
tu

re
 (℃

)  
   

  
Setup mold
temperature

Holding
time

Heating
time

Cooling
time

Sample name
Molding time (min)

Mold temperature
(oC)

Inner pressure
(MPa)Heating time

(min)
Holding time

(min)
Cooling time

(min)
B-C-T1 1 1 1 230 0.7
B-C-T2 1 2 1 230 0.7
B-C-T3 1 3 1 230 0.7
B-S-T1 1 1 1 200 0.2
B-S-T3 1 3 1 200 0.2
B-S-T5 1 5 1 200 0.2

Table 2 Fabrication of molding productsTable 2 Molding condition of molding products 
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time:1min, holding time:1min, 2min, 3min cooling 
time:1min). Inner pressure through the bag by air 
was 0.7MPa. 
 
3.3.2 Square pipe  
Square pipes (50mm in width and height, 200mm in 
length, 5mm in radius of corner) were molded 
shown in Table 2. Molding temperature and time 
was kept at 200 oC and 5min (Heat up time:1min, 
holding time:1min, 3min, 5min, cooling time:1min). 
Inner pressure through the bag by air was 0.2MPa.  
 

4 Experimental method 

4.1 Measurement of mold temperature history 

Mold temperature history of the cylindrical pipe was 
measured using the thermocouple placed in the 
center of the die during molding. 
 

4.2 Cross-sectional observation 

Cross-section of molding products were observed by 
microscope (PME3: Olympus Corporation) to 
examine effects of difference in holding time on 
impregnation state of cylindrical pipes and square 
pipes. And, Cross-section of square pipes were 
observed by microscope to examine effects of 
difference in reinforcements on thickness of molding 
products and impregnation state. For the observation 
on cross section, the samples were emery grinded 
(#100~#2,000) and buffed (alumina particle, average 
particle size: 100 nm) after they were embedded in 
epoxy resin. 
 

4.3 Tensile test 

Specimens were cut from side section of square pipe 
in reinforcements into 20mm in width and 200mm in 
length and tensile test was performed. Test speed 
was 1mm/min and span length was 100mm. 
 

5 Result and discussion 

5.1 Cylindrical pipe 

5.1.1 Measurement of mold temperature 
Mold temperature histories are shown in Fig.8. The 
die was heated to setup mold temperature from 
ordinary temperature about one minute later and this 
die was held setup mold temperature for each hold 
time.  Then, this die was rapidly cooled about one 
minute.  
 

 
 

Fig.8. Temperature history of each product. 
 
 
5.1.2 Cross sectional observation 
Cross-sectional photographs of each product are 
shown in Fig.9. According to Fig.9, Un-
impregnation area in carbon fiber bundle and voids 
between the layers existed cross-sectional area of 
cylindrical pipes, because air between the layer s 
remained. 
 
 

 
 

Fig.9. Cross-section of cylindrical pipes. 
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Relationship between UCV and holding time are 
shown in Fig.10. According to Fig.10, UCV 
decreases with an increase in holding time. UCV 
was the constant value in holding time of two minute 
and three minute. Therefore, it was clarified that 
cylindrical pipe of continuous fiber reinforced 
composite could be molded about four minute. 
 
 

 
 

Fig. 10 Relationship between UCV  
and holding time. 

 
 

5.2 Square pipe 

5.2.1 Cross sectional observation 
Cross-sectional photographs of corner section and 
side section are shown in Fig.11. Un-impregnation 
area in carbon fiber bundle and voids between the 
layers existed cross-sectional area of each product, 
because air between the layer s remained.  
Relationship between UCV and holding time are 
shown in Fig.12. Value of UCV decreased with an 
increase in holding time. UCV of corner section and 
side section was the constant value in holding time 

of three minute and five minute. Therefore, it was 
clarified that square pipe of continuous fiber 
reinforced thermoplastic composite can be molded 
about five minute.  
Square pipes of each reinforcements were molded by 
molding condition as shown in Table 3 because 
square pipe of continuous fiber reinforced 
thermoplastic composite could be molded about five 
minute(heating time:1min, holding time:3min, 
cooling time:1min). 
 
 
 

 
 
 
Fig.11. Cross-section of  square pipes by a change in 

holding time. 
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Sample name
Molding time (min)

Mold temperature
(oC)

Inner pressure
(MPa)

Heating time
(min)

Holding time
(min)

Cooling time
(min)

B-S 1 3 1 200 0.2
BM-S 1 3 1 200 0.2
W-S 1 3 1 200 0.2

Table 2 Fabrication of square pipes by a change in holding timeTable 3 Molding condition of reinforcements 
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Fig.12. Relationship between UCV and holding time 
in square pipe. 

 
 
 

Cross-sectional photographs of corner section and 
side section are shown in Fig.13. Thickness of 
corner section was thicker than that of side section, 
and voids existed between the layers. Void content 
of woven fabric was the highest in molding products. 
The measurement point of thickness is shown in 
Fig.14 and thickness of corner section and side 
section is shown in Fig.15. According to Fig.15, 
thickness of corner section was thicker than that of 
side section. Materials received pressure from inner 
bag was not constant, because thickness of corner 
section was thicker than side section. The difference 
between thickness at corner section and side section 
of both braided fabric was drastically reduced 
compared to that of woven fabric. 
Result of UCV in cross-section of molding products 
is shown in Fig.16. UCV of molding products was 
higher than that of PT, because voids existed 
between layers of molding product. UCV of corner 
section was higher than that of side section for all 
samples. UCV of braided fabric was similar to that 
of braided fabric-MEY and UCV of woven fabric 
was the highest. Since deformability of braided 
fabric was higher than that of woven fabric, higher 
internal pressure was applied to reinforcements. 
 

 
 

Fig.13. Cross-section of square pipes by a change in 
reinforcement. 

 
 
 

 
Fig.14. Measurement point. 
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Fig.15. Thickness of each product. 
 
 
 

 
 

Fig.16. UCV of each product. 
 
 
5.2.2 Tensile test 
Tensile modulus, strength and achievement ratio of 
modulus are shown in Table 4. The achievement 
ratio was calculated from experimental modulus 
divided by theoretical modulus with FEM analysis. 
Use of FEM model was considered the internal 
structure of braided composite as shown in Fig.17. 
[1] Theoretical modulus was a major difference 
between experimental modulus and theoretical 
modulus for all composites. Then, tensile specimen 
of braided fabric was made with fully pressure by 
press machine to examine the effect of molding 
pressure, and theoretical modulus was calculated. 

Achievement ratio of this specimen was 84%, and 
higher than that of specimen made by inner pressure 
molding. Pressure on braided fabric by inner 
pressure molding was lower than that by 
compression molding. It is considered that modulus 
of each reinforcements would be increased by use of 
deformable inner bag.  
 
 

 
 
 

Fig.17. Analysis model of braided fabric 
Table 4 Modulus, maximum stress and achievement 

ratio 

 
 
 
Thermoplastic composite such as cylindrical pipe 
and square pipe by use of continuous fiber 
reinforced thermoplastic composites could be 
molded at short time. Also, pipe joint product by use 
of continuous fiber reinforced thermoplastic 
composites could be molded. [2] Finally frame 
structure was obtained by connecting pipe joint 
product and cylindrical product as shown in Fig.18. 
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Fig.18 Frame structure by continuous fiber 
reinforced thermoplastic composite 

 
 
 

6 Conclusions 

By measurements of cross-sectional observation and 
UCV in the cylindrical pipe with braided fabric, it 
was clarified that this pipe of continuous fiber 
reinforced thermoplastic composite were molded 
about four minute. 
By measurements of cross-sectional observation and 
UCV in the square pipe with braided fabric, it was 
clarified that this pipe of continuous fiber reinforced 
thermoplastic composite were molded about three 
minute. 
By measurements of cross-sectional observation, 
thickness and UCV in the square pipe with 
reinforcements, thickness of corner section was 
thicker than that of side section in reinforcements 
but the difference between thickness at corner 
section and side section of both braided fabric was 
drastically reduced compared to that of woven fabric 
and braided fabric was higher than that of woven 
fabric, higher internal pressure was applied to 
reinforcements. 
As a result of comparison of experimental modulus 
obtained by tensile test with the theoretical modulus 
use of FEM analysis in the square pipe, pressure on 
braided fabric by inner pressure molding was lower 
than that by compression molding. It is considered 
that modulus of each reinforcements would be 
increased by use of deformable inner bag. 
Thermoplastic composite such as cylindrical pipe 
and square pipe by use of continuous fiber 
reinforced thermoplastic composites could be 
molded at short time. Also, pipe joint product by use 
of continuous fiber reinforced thermoplastic 
composites could be molded.  Finally frame 
structure was obtained by connecting pipe joint 
product and cylindrical product. 
 
 

References 

[1]   Asami Nakai, “Design for mechanical behavior 
of textile composites considering micro 
fractures”, Doctor thesis, The University of 
Tokyo, 1999 

 
[2] Koichi Bun, “Pipe joint of fiber reinforced 

thermoplastic composites by braiding 
technique”, Japan conference on composite 
material, 3B-17, 2013 

Pipe joint

Cylindrical pipe

Pipe joint

Cylindrical pipe

Frame structure

ICCM19 910



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 
Fast and low-cost manufacturing technologies of 
large and complex-shaped FRP structures have 
become developed for consumer applications such 
as automotives. In the development of a molding 
technology, it is important to estimate accurate 
degree of curing progress and residual strain of FRP. 
Therefore, many real-time cure monitoring systems 
have been developed using in situ sensors. 
Among these sensors, implantable fiber optic 
sensors are promising to measure material properties 
of FRP structures during molding due to thin fiber 
shape, flexibility, high strength and high sensing 
function. Consequently, many kinds of fiber optic 
sensors have been proposed [1]. However, it cannot 
be said that they offered sufficient systems for 
manufacturers yet. 
Monitoring methods of FRP molding process using 
fiber optic sensors are a measurement technique of 
cure index using an infrared absorption spectrometer 
[2-5], strain measurement techniques using an EFPI 
(Extrinsic Fabry-Perot Interferometer) strain sensor 
and an FBG (Fiber Bragg Grating) sensor [6-9], and 
a cure monitoring technique by fiber-optic refractive 
index measurement [9-12], etc. A fiber-optic 
infrared spectroscopy-based cure monitoring is a 
method to estimate molecular structures by 
measuring infrared absorption spectrum of reactive 
molecules of resin. Although this technique is able 
to monitor progress of cure reaction in detail, it is 
difficult to measure cure index accurately due to 
large noise. Strain measurement techniques can used 
to measure shrinkage by cure reaction and thermal 
strain by heating or cooling. Both a fiber-optic 
spectrometer and a fiber-optic strain sensor are 
effective to process monitoring, however the sensors 
and measurement systems are very expensive. 
On the other hand, a refractive index measurement 
method, which is a technique to measure cure index 

of resin from Fresnel’s reflection at interface 
between glass fiber and resin, is inexpensive due to 
simple optical system. The authors have been 
proposed cure monitoring methods using optical 
fiber sensors such as a fiber optic refractive-index 
measurement method an EFPI strain sensor and FBG 
strain sensors. A refractive-index measurement 
method has been proven to be applicable to monitor 
progress of cure reaction of resin form start to finish 
[12]. On the other hand, it is shown that EFPI and 
FBG strain sensors can measure thermal and cure-
shrinking strain during cure process [9].  
In the present study, we aim to develop a process 
monitoring systems for monitoring cure index and 
strain during molding of FRP laminates. Both FBG 
and refractive-index sensors are used as fiber optic 
sensors for the system and dual light sources are 
employed to obtain two measurement values from 
single sensor. The developed system was applied to 
monitor hot-press molding process of GFRP 
laminates. 
 

2 Process monitoring by fiber optic sensors  

2.1 Refractive index sensors 

Figure 1 illustrates schematic views of a refractive-
index sensor. The sensor utilizes Fresnel’s reflection 
at the end surface between an optical fiber (glass) 
and resin. Since the sensitivity of refractive index of 
resin is much larger than that of silica glass during 
molding process, the variation of refractive index of 
resin contributes change in reflection rate. Therefore, 
refractive index of resin can be obtained from 
reflected optical intensity. In the present paper, we 
evaluate refractive index variation ∆n from the 
standard value of refractive index ns as follows. 
 
 whens sI I I n n n= ∆ + = ∆ + , (1) 
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where n is refractive index of resin, I is measured 
optical intensity of a reflected light, ∆I is variation 
of the measured optical intensity from the standard 
optical intensity Is. The ∆n can be calculated from ∆I 
by the following simple equation. 
 
 

( ) ( )( )
( )

2 2 2 2 2 2 2
1 1 2 1 2 2 1 1 1 2 1 2 2 1

2 2 2 2 2
1 1 2 2 1

b a b b b a b a b b a b a b
n

a b b a b

ν ν

ν

+ + ± + +
∆ =

− −
 

  (2) 

 
1 2

1 2

, ,

, ,

g air g air

g s g s air

a n n a n n
b n n b n n I Iν

= + = −

= + = − = ∆
, (3) 

 
where Iair is reference optical intensity of reflected 
light from the air, ng is effective refractive index of 
an optical fiber, n is refractive index of resin, and nair 
is refractive index of the air. It is supposed that ns is 
already known.  
Figure 2 shows a typical relationship between 
refractive index and temperature of epoxy resin 
during cure process. It is well known that refractive 
index of materials has temperature dependency. The 
temperature dependence curve shifts when cure 
reaction proceeds as shown in Fig. 2. Therefore, we 
can estimate cure index from refractive index. In the 
present paper, we did not calculate cure index of 
GFRP laminates because cure index of B-stage 
prepreg is unknown. 
 

2.2 Refractive index measurement of particle 
dispersed polymers 

When particles such as fillers or micro air bubbles 
disperse in resin, it can be considered that the optical 
output is affected by lights scattering back from the 
particles as well as Fresnel reflection as illustrated in 
Fig. 3. When light is incident on the reflection 
surface between an embedded optical fiber and resin, 
most light power leaked into resin. Some of the leak 
light is reflected by the particles and reentered into 
the optical fiber. Since the intensity of back-
scattered light is almost the same as that of the 
Fresnel reflection due to small mismatch of 
refractive index between glass and resin, the 
scattered lights produce interference signal. 
Here, we suppose that lights back-scattering from 
N’s particles reentered into the optical fiber. When a 

monotonic light v0 is incident to the reflection 
surface, reflected light can be written as follows: 
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where r is reflection rate of amplitude of Fresnel 
reflection, ri and τi are reflection rate of amplitude 
and phase delay of the ith back-scattering light and 
ω is angular frequency of incident light. From the 
equation (7), optical output I becomes 
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where I0 is optical intensity of the incident light. 
When a white light is used as a light source, the 
interference terms of equation (5) disappears and 
thus the following equation is driven. 
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This indicates that effect of the back-scattering light 
in the equation (6) is much less than that in the 
equation (5). In the present study, a SLD (Super 
Luminescence Diode) broad-band light source is 
employed for a refractive index measurement system, 
and a narrow-band light source for a process 
monitoring system which measures refractive index 
and strain simultaneously. 
 

2.3 FBG sensors 

An FBG sensor summarized in Fig. 4 is a 
narrowband filter-based sensor. This sensor has 
periodical distribution of refractive index which 
works as Bragg grating in a core of fiber. When 
broadband light is incident into the Bragg grating 
part, narrowband light returns. The reflected light 
has a center wavelength λB, which is called Bragg 
wavelength. It is well known that shift of Bragg 
wavelength ∆λ is proportional to axial strain ε3 and 
temperature variation ∆T of optical fiber. The 
relationship between the wavelength shit, strain and 
temperature variation, which has been measured by 
our laboratory, is written as 

 
( )6

3
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6.9032 10

T

T

λ ε
λ

−

−

∆
= × − × ×∆

+ × ×∆

, (7) 

where λ0 is the initial Bragg wavelength. 
 

2.5 Process monitoring system for simultaneous 
measurement of refractive index and strain using 
dual light sources 

The process monitoring system used in this study for 
simultaneous measurement of refractive index and 
strain is shown in Fig. 5. This system employed two 
light sources of narrow band FP-LD (1310nm) and 
broadband SLD (1550nm center wavelength). The 
two lights are combined by a WDM coupler 
(1300/1550), and the coupled light travels into a 
sensing fiber through an optical circulator. The 
sensing fiber has one FBG sensor and the end 
surface is cut flat. An FBG sensor reflects only the 
light of the Bragg wavelength, and the transmitted 
light with a notched spectrum reflects at the 
interface of optical fiber (glass) and resin by 
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Fig. 4 FBG sensors. 
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Fig. 5 Process monitoring systems for simultaneous 
measurement of refractive index and strain using dual 
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Fresnel’s reflection. The light traveled back again 
through a circulator is separated into 1300nm band 
and 1500nm band, and the former is sent to an 
optical power meter, the latter to an optical spectrum 
analyzer (OSA MS9710B Anritsu Co. Ltd.).  
 

3 Materials and experimental systems 

3.1 Hot-press molding of GFRP laminates 

In the present study, molding process of GFRP 
unidirectional laminates by a hot-press molding 
method was monitored. Twelve sheets of GFRP 
prepregs (GE352G135SB Mitsubishi Rayon Co. 
Ltd.), which were 120μm thick, were stacked in the 
same direction on an aluminum flat plate. The 
optical fiber sensor was embedded in the middle 
layer of laminates. The laminate was heated from 
room temperature up to 140°C in 70 minutes and 
cured for 3 hours by a hot-press machine. When 
temperature reached 60°C, molding pressure of 
0.5MPa was applied and held until the end of the 
molding.  
 

3.2 Experimental system using SLD light source 
for refractive index measurement 

Two optical fibers and a SLD light source were used 
in refractive index measurements as illustrated in Fig. 
6.  The light from the source was divided into two 
paths by a 2x2 coupler. The intensity of reflected 
lights was measured by two photo detectors (PD) 
individually. A thermocouple was also used for 
measuring temperature inside of laminates. All data 
from the sensors were recorded by a personal 
computer at 1 Hz. 
Location of optical fiber sensors were shown in Fig. 
7.  One sensor was embedded in 0° direction of the 
laminate. In order to investigate effect of reinforcing 
fibers on measurement ability of the sensors, another 
sensor was embedded in resin which was flown out 
from prepreg by cutting a corner of the laminate as 
shown in Fig. 7(a). In another experiment, sensor 
was also embedded in 90° direction of the laminate 
as shown in Fig. 7(b) for investigating effect of 
reinforcing direction of laminates on refractive index 
of prepreg resin. 
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Fig. 6. Refractive index measurement system using two 
optical fibers and SLD light source. 
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3.3 Experimental system using dual light sources 
for process monitoring 

The optical fiber has the FBG sensor part and the 
refractive-index sensor part. The experimental set-up 
using dual light sources for process monitoring was 
illustrated in Fig. 8. In this system, 1310nm narrow-
band FP-LD (Fabry-Perot Laser Diode) and SLD of 
1550nm (C-band) were employed as light sources.  
Both lights were coupled through a WDM coupler. 
The coupled lights were incident into the refractive-
index and FBG sensors, and then the reflected lights 
were divided into 1310nm band and C-band by a 
WDM coupler. The 1310nm-band light was 
measured by an optical power meter and the C-band 
light was, by an optical spectrum analyzer for 
obtaining refractive index and strain of FRP, 
respectively. The embedded thermocouple was also 
used for measurement of temperature. Figure 9 
shows location of fiber optic sensors embedded in 
GFRP laminates. All sensors were embedded 
between 6 and 7 layers.  
 

3 Experimental results and discussions 

3.1 Monitoring by refractive index measurement 
system using SLD light source 

Figure 10 shows relationship between optical 
intensity measured by the refractive index 
measurement system using SLD light source, 
temperature and molding cycle time during molding 
of the GFRP laminates. The red line indicates optical 
intensity from the sensor embedded in FRP laminate 
and the blue line, in resin.  
The initial values of optical intensity indicate 
Fresnel’s reflection at interface between optical fiber 
and air because the intensity did not vary when 
optical fibers were embedded. In addition, the 
intensity did not vary by vacuuming and applying 
molding pressure. Therefore, it appeared that the air 
void existed around the sensor in laminates tip at 
room temperature before starting molding process. 
Intensity of the sensor in FRP dropped suddenly at 
90°C. The reason of this rapid decrease is considered 
that the tip of the optical fiber contacted with the 
resin. On the other hand, the optical intensity of the 
sensor in resin suddenly fell down at 110°C. From 
behavior of the temperature curve around 100°C, it 
was found that heat absorption occurred by melting 
of prepreg resins. Therefore, these results show that 

 
Fig.8 Process monitoring system for measuring 
refractive index and strain of FRP laminates using dual 
light sources.  

 

 
Fig.9 Location of sensors embedded in laminates for the 
experiment using dual light sources  
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Fig.10 Relationship between optical intensity, temperature and 
molding cycle time during molding of laminates (SLD light 
source).  
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prepreg resin flows by applying pressure below the 
melting temperature.  
After the sensor tip was covered with resin, 
refractive index was calculated from the optical 
intensity using the equation (2). Relationships 
between refractive index variation, temperature and 
molding time were plotted in Fig. 11. The first 
ordinate is refractive index variation Δn from the 
value at the end of cure process. From the figure, it 
was shown that the Δn curve of the sensor in FRP 
had large fluctuation from 30 to 45 minutes. This 
fluctuation is thought to result from the effect of 
scattered lights from air voids as illustrated in Fig. 2. 
When the micro air voids exit near the end surface 
of optical fiber, a transmitted light from the optical 
fiber scattered by the voids and some scattered lights 
entered back into a core of the fiber as represented 
by the equation (6). The fluctuation disappeared 
after 45 minutes because the air voids disappeared 
by vacuuming process. These results show that the 
refractive index sensor could be used for monitoring 
air voids in laminates qualitatively. 
The Δn tended to decrease linearly with temperature 
increase from 30 to 45 minutes. It is well known that 
this decrease is temperature dependency of 
refractive index. However the Δn turned to increase 
but temperature was increasing after reached the 
minimum value at 45 minutes. This reason was that 
proceeding of cure reaction increase refractive index. 
Therefore it appeared that the prepregs used in this 
study started cure process at 110°C as soon as 
melted. The Δn curve almost converged at 70 
minuetus.  
Figure 12 shows relationship between refractive 
index variations measured by sensors embedded in 
0° and 90° directions, and temperature during 
molding of laminates. From the figure, it was found 
that the ∆n curves of 0° and 90° were similar to each 
other until cure reaction completed at 140°C. This 
means that effect of reinforcing fibers on cure 
monitoring by refractive index measurement is small. 
However, when cooling resin, ∆n curves of 0° and 
90° were different from each other. This reason is 
thought to be that orthotropic thermal stress affected 
refractive index of resin strongly during cooling due 
to high stiffness of cured resin. These results suggest 
that we can conduct quantitative measurement of 
cure index of FRP laminates by this method. 
 

3.2 Monitoring results by process monitoring 
system using dual light sources 

In this experiment, both refractive index and strain 
were measured by a process monitoring system 
using dual light sources. 
Relationship between optical intensity from 
refractive index sensor, temperature and molding 
cycle time during molding of laminates is shown in 
Fig.13. In comparison of this graph to Fig.10, it was 
found that optical intensity by the process 
monitoring system using dual lights was much less 
than that by the refractive index measurement 
system using a SLD light because most power of 
SLD light was attenuated by WDM coupler in the 
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process monitoring system. However, behavior of 
reflected intensity was similar to the results plotted 
in Fig.10. Then it appeared that the resin flow could 
be also monitored qualitatively by this system.   
Refractive index variation ∆n obtained by the 
process monitoring system and temperature were 
plotted against molding time in Fig.14 with results in 
Fig.11. The red line indicate ∆n curve by the 
refractive index measurement system using SLD and 
the blue line, the process monitoring system using 
dual lights. From the figure, it was found that both 
∆n curves had similar behaviors to each other 
however the ∆n curve by the system using dual 
lights showed larger fluctuation. The reason is 
thought to be that a narrow FP-LD used in the 
process monitoring system produced interference 
signals as described in the equation (5). The large 
error generated by interference should be minimized 
for measurement of cure index by improvement of 
an optical system in future. For example, this 
interference can be eliminated if a broad-band light 
around 1310nm is employed. 
Figure 15 shows the relationship between strain 
measured by the system using dual lights, 
temperature and molding cycle time during molding 
process. From the results, it appeared that the strain 
increased linearly with temperature increase until 19 
minutes by thermal expansion of prepregs. However, 
it was seen that the wavelength suddenly jumped by 
400 µε, when the temperature reached 60°C at 
which molding pressure was applied. Although some 
of the increased strain caused by heating and 
molding pressure was relaxed, 500µε remained 
when the prepreg resin melted at 100°C. The 
remained tensile strain during molding process may 
affect residual strain of fibers after manufacturing. 
From the above results, it appeared to be possible to 
monitor internal strain caused by molding 
temperature and pressure during a hot-press molding 
of FRP laminates by the present process monitoring 
system. 
 

4 Conclusions 

At first, we applied a refractive index measurement 
system using SLD light applied to process 
monitoring of GFRP laminates. From the 
experimental results, it appeared that refractive 
index of prepregs could be measured quantitatively 
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without effect of reinforcing fibers. In addition, 
initiation of air voids in laminates could be 
monitored qualitatively. Secondly, a process 
monitoring system by combining FBG and refractive 
index sensors were developed and applied to process 
monitoring of FRP laminates. The experimental 
results showed that the strain and refractive index of 
prepregs could be monitored simultaneously. For 
more precise measurement of cure index, an optical 
system of the process monitoring system will be 
improved in future. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
With the increasing use of structural composites in 
the aerospace industry follows a need for higher 
production efficiency. Within this industry sector 
prepreg technology dominates, being the only 
material that today provides the excellent quality 
requested. Equipment for automated tape layup 
(ATL) enables efficient stacking of prepreg into 
different stacking sequences. However, the 
technique is limited to layup of flat to nearly flat 
structures, such as e.g. outer wing shell structures. 
More complex geometries can be efficiently 
produced using automated fibre placement 
equipment, however at lower production speed. An 
alternative solution is to use flatly pre-stacked 
prepreg to be formed into the desired geometry 
during a separate forming step or as a part of the 
autoclave process.  
Forming of stacked prepreg requires that a set of 
forming mechanisms become active and work in a 
desired way in order to avoid wrinkle formation. It is 
generally considered that the most important 
forming modes for these already impregnated and 
structurally well integrated materials are interply and 
intraply shear in combination with out of plane 
bending [1].  
Several studies have investigated the intraply shear 
properties of prepreg material, both in the form of 
woven fabrics and cross-plied unidirectional (UD) 
prepreg. Significant differences in intraply shear are 
reported in-between seemingly similar prepreg 
systems [2, 3]. Considering the interply shear, i.e. 
the prepreg-prepreg friction, published results 
mainly includes friction properties between weaves 
or UD systems where the fibres are parallel to each 
other and the pulling direction, see e.g. [4]. 
However, at the same time several works on both 
forming, wrinkle initiation and spring back 
phenomena underlines the importance of the 

stacking sequence [5,6,7,8]. The investigators note 
that the interply friction depends on the fibre 
directions of the two plies meeting at the sliding 
interface. It is further noted that when investigating 
wrinkle development during manufacturing of UD 
prepreg components, it is important to consider 
friction in-between prepreg and tool (prepreg-tool 
friction). By increasing the prepreg-tool friction 
coefficient, higher degree of interlaminar slippage is 
obtained inside the composite [8] which may reduce 
wrinkle development. It is however interesting to 
note that measurements on prepreg-prepreg friction 
and prepreg-tool friction are showing values of the 
same magnitude, indicating the importance of 
understanding this behaviour in order to obtain 
slippage at the desired positions.  
Prepreg-prepreg friction tests are normally 
performed at relatively high contact pressures, 
simulating the forming behaviour during fully 
developed forming pressure. However, due to the 
continuous fibres forming is not a local 
phenomenon. If the multi-stack is formed over a 
radius, the continuous fibres require that interply 
slippage continues outside the radius in order to 
avoid wrinkling. At these areas the forming pressure 
may be significantly smaller or even zero.  
The presented work focuses on the forming 
possibilities offered by hot drape (HD) forming [9]. 
The technique uses a single rubber diaphragm that, 
at elevated temperatures, forces the underlying pre-
stacked prepreg towards the tool. In previous work, 
HD forming of stacked UD prepreg onto a jogged 
spar has been studied both experimentally [10] and 
through simulations [11] showing the importance of 
stacking sequence for the forming outcome. It was 
experimentally shown that different stacking 
sequences, with the same number of layers in each 
fibre direction, forms with and without wrinkles, 
respectively. Forming simulations were performed 
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using continuum modelling implemented in 
commercial finite element (FE) code. The interply 
friction material model was calibrated based on 
friction tests with the fibres in parallel to the pulling 
direction. The simulations indicate that a majority of 
forming is performed during the first 50% of 
pressure build up [11], 
The presented work aims to further investigate HD 
forming though increased understanding of the 
interply friction behaviour. Experimental friction 
measurements are preformed where the UD prepreg 
layers have different relative fibre directions at the 
sliding interface. Experiments are also performed at 
low contact pressures to investigate the influence of 
interply friction during early forming.  Some of the 
experimental results are implemented into friction 
models and used in simulations.  The simulations 
aim to investigate the importance of having more 
detailed interply friction descriptions in order to 
accurately model HD forming of multi-stacked 
prepreg material. 
 

2 Experiments 

2.1 Materials 

The experimental study considers interply (prepreg-
prepreg) friction of UD carbon/epoxy prepreg M21-
T700 from Hexcel. The material has a volume 
fraction of fibres equal to 57%.  

2.2. Experimental setup 

Friction tests was performed in an Instron 4505 
testing device with a with a 5 kN load cell.  The in-
house developed friction rig [12], see Fig. 1, was 
mounted inside a heating chamber. Prepreg was 
applied to the surface of the quadratic side plates and 
to both sides of the middle plate. The middle plate 
enabled fixation of a variety of fibre angles, while 
the outer quadratic plates only enable fixing prepreg 
with fibres in the pulling direction. Contact pressure 
were applied using a pneumatic cylinder from Festo, 
FESTO AEN-63-20-I-P-A-TL. 

2.3 Investigated parameters 

The friction measurement tests are summarised in 
Table 1. As can be seen, tests were performed at 
different relative fibre angles. The numbers given 

represents the fibre directions of the two UD layers 
meeting at the slipping interface. The reason for 
choosing temperatures in-between 60⁰C and 85⁰C 
was that these temperatures have shown to provide 
good forming, thereby commonly used in the 
industry. Further, the epoxy resin viscosity changes 
rapidly in this temperature range. According to the 
material supplier, the matrix viscosity is 1500 Pa•s at 
60⁰C, 300 Pa•s at 70⁰C and 90 Pa•s at 85⁰C. 

Three different contact pressures were tested: 4 kPa, 
10 kPa and 80 kPa, where the latter was chosen to 
enable comparison with earlier results [12]. The low 
pressure values were selected to obtain as low 
contact pressure as possible still achieving reliable 
and reproducible results. The pulling speed was 
investigated in earlier tests [12], showing little 
influence of speed on the friction coefficient for 
M21-T700 at high contact pressures. To limit the 
number of trials, pulling speed is therefore held 
constant at 0.1 mm/min throughout the study. 

2.4 Interply friction measurements 

The prepreg material was tested after approximately 
24h in room temperature. Before each test, the plates 
in contact with the prepreg were cleaned using 
Acetone. New material was thereafter attached to the 
plates keeping the protective film on the outer 
surface.  The prepreg was fixed to the plates by 
applying vacuum (̴0.9 bar) for 5 minutes,. Following 
this, both outer plates and middle plate were fixed 
into the friction rig inside the heating chamber. At 
the same time, the protective films were removed. 
The test rig was heated for approximately 25 
minutes, ensuring an even test temperature. The 
outer plates were kept at a distance from the middle 
plate during heating up in order to avoid influencing 
the test results.  

As the set temperature was reached, the pneumatic 
cylinder was activated applying the set contact 
pressure. After approximately 30s at the set pressure, 
the upper part of the rig was pulled upwards with the 
set speed while recording the resulting reaction 
force.  

The area of the two outer plates was 85*92 mm2. A 
minimum of three tests per test point were 
performed and evaluated. 

2.5 Evaluation of friction test data 
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A characteristic friction coefficient-displacement 
curve from one test is shown in Fig. 2. The friction 
coefficient was a recalculated from measured 
friction load, using 

  [1] 
, where p is the normal pressure applied to the 
surface area of the two side plates, 2a. 

The critical friction coefficient for sliding initiation 
was determined from the crossing of the black 
tangent lines with the bisection to the measuring 
curve (blue). The load where the bisection cross the 
experimental curve is the critical friction coefficient 
at sliding initiation. This value is used when 
comparing the results from the different sliding test. 

2.6 Discussion on experimental results 

The experimental results show significant difference 
in interply friction depending on the fibre angles at 
the sliding interface. As shown in Fig 3, at 80 kN 
normal pressure, the friction coefficient at the 0/90 
interface is generally 25% lower than at the 0/45 
interface. The 0/30 interface is very similar to the 
0/45. Please note that the 0/0 friction coefficients 
shown in Fig 3 are used as reference and taken from 
previous tests on the same material system, 
presented in [12]. In that study the friction 
coefficient was determined from the friction load at 
0.5 mm deformation. The 0/0 friction results are 
therefore 15-20 % higher than if evaluated in the 
same way as the herein presented study. This 
indicates that the interply friction for the 0/0  
interfaces are similar to or lower than at the 0/90 
interfaces at all temperatures considered. 

Fig 3. shows that on general, the friction coefficients 
at high contact pressure are only slightly influenced 
by the test temperature although a significant 
difference in matrix viscosity. It is also interesting to 
note that the friction coefficient drops a little at 
70°C. This is probably due to a combination of low 
viscosity at remained integrity of the prepreg 
surface. At higher temperatures, previous work has 
shown that the surface roughness increases [12] 
together with the friction coefficient. A minimum 
friction coefficient was found at viscosities around 
250 mPas. Other studies have observed similar 
tendencies [6,7], where the fibre entanglement and 

lack of load bearing capacity of the matrix was then 
suggested as possible reasons.  

Fig 4 shows the influence of contact pressure on the 
measured friction coefficient for interfaces at 
different relative fibre angle. The results clearly 
show that the friction coefficients are 2.5-5 times 
higher at the lowest contact pressure than at the 
highest contact pressure considered. For the 0/0 
interface, the friction coefficient drops at 10 kPa, 
reaching the same value as at 80 kPa. This is in 
agreement with earlier measurements performed in 
pressure range of 53-120kPa [12], where the friction 
coefficient was constant. The results presented 
herein show that for all other relative fibre angles, 
the friction coefficient reduces continuously with 
increased contact pressure. The larger scatter in the 
test results at low pressures are due to lower 
frictional loads. Note again that the value from the 
0/0 interface at 80kPa contact pressure is taken from 
the previous study. 

Fig. 5 shows the same data as in Fig 4 but 
recalculated showing the frictional load per tested 
surface area at the breakpoint defined by the friction 
coefficient, see Fig. 2. The results show that the 
frictional load per surface area for all considered 
interfaces seem to converge towards the same level, 
approximately 2kN/m2, as the contact pressure 
approaches zero. This value can be compared to 
results of an experimental study on tack considering 
the same material system [13] The tack, defined as 
the out-of-plane peel strength in-between two 
prepreg lamina with the same orientation, is reported 
to 6.7 kN/m2 at 66°C. However, it is important to 
note that this value is reported to be both pressure 
dependent and time dependent, meaning that a 
longer contact time normally results in a higher tack. 
To obtain full tack at 30°C, 30s of contact at 40 kPa 
was required. It is expected that the recommended 
values on pressure and time reduces significantly at 
higher temperatures due to reduced viscosity. The 
contact time used herein is approximately 30s, 
wherefore full contact should have been established.  

The test result presented indicate that in order to 
model forming of multi-layer, pre-stacked UD 
prepreg the friction model(s) needs to take both 
relative fibre angle, contact pressure, prepreg 
viscosity (tack) and deformation speed into account. 
Such models require numerous test data to be 
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accurately calibrated.  In the following, the influence 
of refined friction modelling will be investigated. 
Since the contact pressure has been shown to have 
the largest influence on the friction coefficient, the 
refined model is focusing on describing the friction 
coefficients at a larger range of contact pressures. 

 

3 Numerical simulations 

3.1 Modelled geometry and forming process 

HD forming of a spar geometry with recess area is 
considered in modelling, see Fig 6. The spar has the 
following geometry: length 480mm, web width 
70mm in straight areas, flange length 55 mm, recess 
length 2*125 mm + 50mm, recess depth 6.25 mm 
and inner radii 2 mm. 

The HD forming setup considered in modelling 
includes support walls, spar tool, rubber diaphragm 
and bottom plate, as shown in Fig 6. Isothermal 
forming at 70°C is modelled.  The pre-stacked 
prepreg material is assumed flatly placed in-between 
mould and vacuum tight rubber diaphragm at the 
start. The support walls are placed 195 mm from the 
spar centre and they are 20 mm higher than the spar 
in order to ensure that the rubber is always in tension 
during forming, see e.g. [10] for further details on 
the process.  

3.2 Materials 

The M21-T700 prepreg material, the same as used in 
the friction experiments, are considered in 
modelling. The charge to be formed consists of flatly 
stacked UD prepreg, stacking sequence [-45 0 45 0 
90]s. Ply thickness is set to 0.32 m 

The diaphragm considered is a 1mm thick silicon 
rubber certified for aerospace application, Mosites 
1453-D. 

3.3 Model set up 

For HD modelling, the AniForm [14] software is 
used.  AniForm includes a nonlinear FE solver 
developed for large deformations. Further, it enables 
tracking fibre orientations during forming of soft 
composite materials. AniForm includes continuum 
elements where in-plane and out-of-plane properties 
are modelled in a decoupled way to enable separate 

material models in the same element. Below follows 
brief descriptions of the material models used. All 
numbers used in modelling are presented in Table 2-
4. 

3.3.1 Modelling of the elastic rubber 

During HD forming the rubber deforms and 
compresses towards the tool as the air is removed 
and vacuum is established under the rubber. The 
rubber transfers tensile force to the soft lamina due 
to its elongation and pressure in the normal 
direction, thereby deforming and compacting the 
prepreg stack.  

In AniForm, the rubber is modelled by the 
hyperelastic Mooney-Rivlin material model. The 
coefficients are calibrated from tensile tests using 
least square fitting in MATLAB [15], see [11] for 
further details. 

Due to symmetry reasons and long calculation times, 
only part of the rubber is considered in modelling, 
see Fig 6. The cut along the centre of the beam 
excludes simulating forming of the straight side of 
the beam. Further, the rubber length is cut to cover 
almost the entire tool length, but not all the way to 
the stiff frame holding the rubber in position. The 
rubber translations are considered locked in all 
degrees of freedom at the support wall edges.  

3.3.2 In plane properties 

The constitutive models used to describe the fibre 
properties are linearly elastic and based on Hooke’s 
law. The fibre direction is defined by a local 
coordinate system and is for each step mapped onto 
the deformed state. The fibre stiffness is down 
scaled for numerical reasons; to use the true fibre 
stiffness would cause problems due to the large 
difference between fibre stiffness and the cross fibre 
stiffness.  

The matrix is modelled by a combination of a 
viscous and an iso-elastic material model, a so called 
Voigt-Kelvin model. The viscosity and the Young’s 
modulus, E, are calibrated from bias extension (in-
plane shear) test; for details about the tests see [3] 
and for calibration of shear properties see [16].  

Two different friction models were used in this 
work, see Fig 7. The interply prepreg-prepreg 
properties were first calibrated towards the 0/0 
friction measurements presented in [12] using a 
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penalty friction model hereinafter referred to as 
Viscous/Coulomb. This model combines viscous 
friction and Coulomb friction, i.e. the friction load 
increases linearly with contact pressure with an 
offset given by the viscous friction. This model 
should give correct results for mainly UD laminates 
and if assuming that forming mainly takes place in 
areas at high contact pressures from the rubber 
diaphragm. Due to its linearity, the model doesn’t 
enable predicting friction forces at low contact 
pressures and other fibre angels. 

In order to achieve better predictions at lower 
contact pressures the frictional data presented herein 
were calibrated towards the penalty polymer friction 
model in Aniform, a non-linear model including a 
possibility to vary the friction coefficient non-
linearly over the pressures span. This model is 
hereinafter referred to as the Polymer/Coulomb 
model. In these first simulations, only the 0/45 
friction data was used when calibrating the model. 
Figure shows comparison of experimental friction 
measurements and friction model predictions at 
different contact pressures for 0/45 interply slippage.   

3.3.3 Out-o-plane properties 

The out-of-plane bending stiffness was modelled 
with orthotropic elastic material model which was 
calibrated against bending experiments, see [11]. 

3.3.4 Model mesh 

The pre-stacked lamina and vacuum rubber were 
modelled using 2.5D coupled elements, where each 
layer consisted of triangular mesh elements. 
Maximum side length of each element was 2 mm, 
where the rubber mesh was refined along the radius 
of the tool. The aluminium tool was considered stiff 
compare to rubber and prepreg lamina and therefore 
modelled by ridged elements.  

3.4. Discussions of simulation result 

During forming the pre-stack is forced to deform to 
adapt to the shape of the tool. Due to the recess area, 
this doesn’t only require bending around the tool 
radius, but also shearing of the un-cured lamina in 
order to move excessive material from the outer part 
of the recess towards the centre. Further, since the 
flange with recess is longer than the flat web, the 
lamina will undergo tension in the spar axis 
direction.  Due to the tackiness and the interply 

friction in-between the different prepreg layers in the 
pre-stacked lamina, the deformation occurs without 
splitting. The effect of these different deformation 
modes (further described in [10]) need to be 
captured in the simulations.  

Figures 8 and 9 shows the simulated, local fibre 
stresses in each layer of the lamina after HD 
forming. For improved visibility, only the recess 
side of the flange is shown. The light grey lines 
show the recess area, the chamfers and the flat 
bottom. As can be seen, Fig 8 related to the 
Polymer/Coulomb friction model shows 
significantly more distinct result with larger 
differences in-between areas in compression and in 
tension than the result obtained when using the 
Viscous/Coulomb model, Fig 9. The general trends 
are however similar showing  

• mainly tensile stresses close to and in ±45 
degree angle to the radius in the layers with 
±45 degree fibre orientation (Layer 1 and 3)  

• low tensile stresses in Layer 5, with fibres 
perpendicular to the radius (90 degree fibre 
orientation) 

• a combination of tensile and compressive 
stresses when moving down the recess in 
Layers 2 and 4, i.e. with fibres in the 0-
direction.  

Further considering Layers 2 and 4, it seems like the 
material in the beginning of the recess, toward the 
radius, is neutral. However, further down there is a 
slightly curved band of compressive stresses, 
possibly caused by the big area under tension 
underneath. If the area under tension is resisting 
deformation, the lamina will not slide enough 
downwards the recess area as. The excessive 
material above the material under tension will then 
be forced into compression. This is definitely more 
clear from the results based on the 
Polymer/Coulomb model, but can also be seen from 
the Viscous/Coulomb model if changing the scales. 
It is however interesting to note that the position of 
the compressive band ends up at different locations 
depending on friction model.  

Looking at the same layers (2 and 4) but instead 
considering the local shear, a high degree of shear in 
alternating directions can be seen in the upper part of 
the chamfer and further down the web, see Fig. 10 
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and 11. Since the fibres are directed along the spar 
axis the alternating shear is directed perpendicular to 
the fibre direction. Again, this is more distinct and 
covers a larger area in the simulations based on the 
Polymer/Coulomb model (Fig 10) than in the 
simulation based on the Viscous/Coulomb model 
(Fig 11). 

None of the simulations show signs of global out-of-
plane wrinkling. However, wrinkling is often 
described as a local instability phenomena occurring 
as a result of combined shear and in-plane fibre 
compression [17]. For the stacking sequence 
considered herein, [-45/0/45/0/90]s, experimental 
studies have shown that HD forming does not come 
without out-of-plane wrinkle formation [10]. The 
wrinkle has the appearance of a smiling mouth, as 
shown in Fig 12. The curved line of axial fibre 
compression along the flange length in Layers 2 and 
4, shown in Fig 8 and 9, could possibly be a sign of 
areas prone to wrinkle development. This is further 
supported by the large amount of alternating shear, 
occurring in the same region and ending at the same 
position as the compressive band. 

So is the resemblance between the compressive band 
and the wrinkle shown in Fig 12 just a coincident?  
Considering the simulation outcome on transverse 
fibre stresses in Layer 2, the simulation doesn’t 
provide further signs of wrinkling (see Fig 13, 
Polymer/Coulomb model). However, further 
inspections of earlier simulations performed on both 
wrinkling and non-wrinkling specimens [11] based 
on the Viscous/Coulomb friction model supports the 
thought. Further investigations are however needed 
to understand when a compressive area results in a 
wrinkle, the compressive forces required and if there 
is a size dependency in the wrinkle development.  

The improved friction model used herein, the 
Polymer/Coulomb model, provides a much more 
detailed description of the interply friction at lower 
contact pressures. Further, it enables capturing non-
linear phenomena related to increased softness and 
roughness of the heated prepreg plies. The improved 
model has provided more detailed simulation 
outcome which has opened up for increased 
understanding of the interply slippage during 
forming. In these simulations, the model has been 
calibrated towards 0/45 interply friction 
measurements, which provides the highest friction 

coefficient. In future work, friction models for 
different relative fibre angles will be used to further 
improve the modelling. However, since the resulting 
interply sliding direction is not easy to foresee for 
forming of more complex geometries, this requires 
further work and development of modelling 
methods. 

 

4 Conclusions 

The presented work aimed to provide further insight 
into hot drape forming of stacked UD material by 
studying the interply friction. New friction 
measurements were performed with different 
relative fibre angles at the sliding interface (0/0, 
0/45, 0/30 and 0/90) and at lower contact pressures, 
4 kPa, 10 kPa and 80 kPa. Based on the findings an 
improved friction model was calibrated, which was 
used in forming simulations. The simulations 
considered forming of a [-45/0/45/0/90]s stack onto a 
joggled spar. Comparison was performed towards 
results based on a friction model derived from 
previous test at high contact pressures (53-120 kPa). 

The experimental friction test showed large 
difference in interply friction coefficient depending 
on relative fibre angle at the interface. The 0/45 
interfaces generally showed the highest interply 
friction, approximately 25% higher than at the 0/90 
interfaces. The 0/30 interfaces showed friction 
coefficients similar to the 0/45 interface, while the 
0/0 interface showed friction values similar to or 
lower than the 0/90 interface. Further, it was shown 
that for all relative fibre angles considered, the 
friction coefficient reduced with a factor of 2.5-5 at 
the highest contact pressure (80kPa) compared to at 
the lowest (4kPa). 

The simulations showed that a band of compressive 
stresses occurs across the recess area of the 
considered spar during HD forming. Underneath the 
compressive band there was an area experiencing 
tension. The compressive band coincides with out-
of-plane wrinkle development obtained during 
experimental forming of the same geometry and 
using the same stacking sequence. The simulated 
local shear in the area above the compressive band, 
predict high degree of alternating shear in the 
direction perpendicular to the fibres. Further 
investigations are needed to further explore the 
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relation between local fibre compression, shear and 
out-of-plan wrinkle formation.  
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Table 1. Test matrix friction tests 

 
Fibre angles  Temperature (°C)  Pressure (kPa)  

0/90 60 80 
0/90 70 80 
0/90 85 80 
0/45 60 80 
0/45 70 80 
0/45 85 80 
0/30 70 80 
0/0 70 4 
0/45 70 4 
0/90 70 4 
0/0 70 10 
0/45 70 10 
0/90 70 10 

 

Table 2. In-plane model parameters 

 
Material model Unit Value

Linearily elastic fibre Young’s modulus [MPa] 1000

Isotropic elastic Young’s modulus [MPa] 1.12

Viscous Viscosity [MPa*s] 2.37  
 

Table 3. Out-of-plane model parameters 
 

Material model Unit Value

Orthotropic elastic
Young’s modulus (in fiber/cross
fiber direction) [MPa]

1680/0.95

Viscous Viscosity [MPa*s] 2.37  
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Table 4. Interply friction model parameters 
Material model Unit Value

Polymer/Coulumb tau0  3.6217e-008

c0  0.0060572

filmthickness          0.0303

C   0.065922

eta0  0.12703

n/ap 1/1

bp  0.11521

p0  1.8593e-016

Viscous/Coulumb

Coulumb friction Friction coefficient 0.11789

Viscous friction eta 0.0010121

film thickness 0.01  

 

 

 
Fig 1. Sketch of test rig. (a) pneumatic cylinder (b) 
attachment to Instron; (c) pneumatic cylinder creating 
pressure between (d) and (e); (d) quadratic side plates; (e) 
prepreg samples; (f) fixed middle plate (picture to the 
right);(g) clamping plate.  
  

 
Fig 2. Experimental friction coefficient–displacement 
curve 
 
 

 

Fig. 3 Friction coefficient as function of temperature 
for different relative fibre angles. Contact pressure 
80 kPa. 
 

 
Fig 4. Influence of contact pressure on the interply 
friction coefficient for sample in different relative fibre 
angles. 
 

 
Fig 5. Influence of contact pressure on the interply 
friction load (normalised by surface area) for sample in 
different relative fibre angles. 
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Fig 6. Modelled spar geometry (left) and HD forming 
setup (right) 

 

 

 
Fig 7. Schematic of interply friction models used. Lines 
only for visual help. 

 

 

Fig 8 Local fibre stresses from simulation based on 
the Polymer/Coulomb friction model. Stacking 
sequence, from Layer 1, [-45,0,45,0,90]. 

 
Fig 9 Local fibre stresses from simulation based on the 
Viscous/Coulomb friction model. Stacking sequence, 
from Layer 1, [-45,0,45,0,90]. 

Fig. 10  Local fibre shear from simulation based on 
the Polymer/Coulomb friction model. Layers 2 and 
4, 0° fibre angle. 

 

 

Fig. 11 Local fibre shear from simulation based on 
the Viscous/Coulomb friction model. Layers 2 and 
4, 0° fibre angle. 

 

 

Fig. 12 Out-of-plane wrinkle on HD formed spar 
with [-45,0,45,0,90]s stacking 

 

 

ICCM19 927



 

Fig. 13 Local transverse fibre stress in Layer 2 (0° 
fibre angle). Simulation based on the 
Polymer/Coulomb friction model. 
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Fiber reinforced polymers (FRPs) are widely used 
for high performance structural applications since 
they offer remarkable in-plane mechanical properties 
combined with a low density. One of the main 
limitations of these materials is their poor 
mechanical properties through the thickness. Internal 
damage caused by an out-of-plane low velocity 
impact can severely reduce the mechanical 
performance of laminated composites, even if the 
damage is not visible on the surface.  
 
In the recent years carbon naotubes (CNTs) have 
been used in structural composites to improve their 
toughness by exploiting mechanisms on the 
nanoscale ([1-3]). The presence of CNTs increases 
the matrix dominated mechanical properties of 
composites and, therefore, can be expected to also 
improve the impact damage resistance. Composites 
with superior delamination resistance generally 
perform better in compression after impact (CAI) 
tests. Many studies have proven in the past that 
properties like interlaminar fracture toughness, 
interfacial shear strength and interlaminar shear 
strength can be enhanced by the incorporation of 
CNTs into the matrix of FRPs. However, little is 
known about the effect of CNTs on CAI. 
 
The goal of the present study is to investigate the 
effect of CNTs on the projected delaminated area 
after impact and the residual compression strength. 
Since the damage resistance under low velocity out-
of-plane impact loading is mostly associated with 
mode II delamination resistance, also GIIC will be 
measured. The latter will serve as an indication 
about the delamination resistance due to the 

incorporation of CNTs and the comparison with the 
compression after impact strength will highlight the 
correlation between damage resistance and GIIC. 
ILSS is also measured to investigate the effect of 
CNTs on the onset of delaminations under shear. 

��0DWHULDOV�DQG�PHWKRGV�
The primary reinforcement used in this study is a 
balanced twill 2/2 woven carbon fiber fabric 
produced by Hexcel under the commercial name 
HexForce G0986 injectex. The resin used to produce 
composites is Epikote 828LVEL (Bisphenol-A type) 
together with a 1,2-diaminocyclohexane (Dytek 
DCH-99) hardener. The composite made from this 
resin will be referred to as ECF. This resin is also 
used to dilute the CNT master batch to produce the 
CNT modified composites.  
 
Three different master batches provided by Nanocyl 
were used. All the master batches are based on a 
liquid Bisphenol-A epoxy resin and contain a high 
concentration of MWCNTs with an average 
diameter of 9.5 nm. Two of the masterbatches are 
the same commercial product EpoCyl NC R128-02 
with the difference of the storage time. One of them 
was stored for less than three months prior to the 
current study (the composite made from this resin 
will be referred to as CNT-fresh) whereas the other 
one was prepared almost three years earlier (CNT-
old). The third type of the master batch is produced 
with functionalized multi-wall CNTs of the same 
type (CNT-func). The matrix in composites 
contains 0.25 wt% of CNTs. Carbon fiber/epoxy 
composites were produced using the resin transfer 
molding (RTM) technique.  
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The experimental setup for the impact test was 
chosen according to the ASTM D7136 standard. It is 
shown in Fig.1. Five specimens for each material 
system with dimension of 100x150x4 mm3 were 
tested. The weight of the impactor was adjusted to 
5.536 kg. With a drop height of 0.49 m, an impact 
energy of 26.8 J was achieved. This corresponds to 
an impact energy of 6.7 J per mm sample thickness 
as recommended by the standard.  
 
Since the number of specimens available for testing 
and examination was limited, only nondestructive 
evaluation (NDE) techniques were applied to assess 
the extent of delaminations after the impact. 
Ultrasonic inspection (C-scan) was conducted before 
the impact test to check the quality of the specimens 
and after the impact to measure the delaminated 
area.  
 
The compression test was performed according to 
the ASTM D7137 standard. An Instron 5985 
universal testing machine fitted with a 250 kN load 
cell was used. The test was done at a constant rate of 
1.25 mm/min till specimen failure while load and 
displacement were recorded. The compressive 
residual strength and the effective compressive 
modulus were calculated. The setup is shown in 
Fig.2. 
 
The end-notched flexure (ENF) test was used for the 
determination of the critical energy release rate in 
mode II (GIIC). The samples were cut into 
dimensions of 120 mm x 20 mm x 4 mm. An Instron 
5567 universal testing machine with a 1 kN load cell 
was used to carry out the test at a cross head speed 
of 1 mm/min. 

��5HVXOWV�DQG�GLVFXVVLRQ��
���� ,PSDFW�WHVWV�
Inspection of the damage on the surface by naked 
eye indicated that the samples of all material 
systems fractured in a similar way. On the front side, 
where the impactor was in contact with the specimen, 
matrix cracks could be found. A dent in the contact 
area between the sample and the striker had a 
characteristic depth in the order of 0.1 to 0.3 mm. 
On the back side, fiber breakage was visible. These 
damage patterns corresponded well with descriptions 
in the literature. The extent of delaminations 
detected by C-scan was larger than one would 

expect from the visible surface damage. The narrow 
and sharp peak around 2010 indicates the high 
quality of the produced specimens and the impact 
damage is represented by the peak near the low scale 
value.  
 
The projected delamination areas measured by C-
scan after impact are given in Fig. 3. The mean of 
the delamination area for the CNT modified 
specimens is larger compared to the reference 
composite. The largest increase in the delaminated 
area is found for CNT-fresh with 12.7% whereas the 
increase for CNT-old was only about 8.7%. The 
differences for all three comparisons are significant. 
These data indicate that CNT-old has a better 
resistance against impact induced delamination than 
CNT-fresh and CNT-func. The master batch used to 
produce the CNT-old composite is known to contain 
a network like structure of CNTs.  
 
The differences of the absorbed energy between the 
tested materials are limited and no major trend can 
be noticed. The mean of the contact duration is 
larger for the CNT modified laminates. This could 
be a consequence of the larger delamination area and 
the associated loss of the composite (bending) 
stiffness.  
 
The maximum contact force and the damage 
threshold load (DTL) are also recorded. The DTL is 
associated with the onset of significant damage, 
mainly delaminations, but can also include fibre 
breakage. The evolution of damage reduces the 
stiffness of the sample. Matrix cracks are probably 
introduced already below DTL. It is believed that 
they are the first kind of damage. Table 1 provides 
the recorded values for the DTL and maximum 
contact force. The mean values of the maximum 
contact force are lower for the material systems with 
CNTs. Since the delaminated area for these systems 
is also larger than for the reference composite, it is 
assumed that the larger delamination area results in a 
more severe loss of stiffness and therefore the 
contact force decreases. The highest DTL was found 
for the reference composite. It is generally accepted, 
that a higher DTL indicates a better impact 
resistance. This is also confirmed in this study where 
CF/epoxy with the highest DTL has the smallest 
delaminated area. 
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Within the CNT modified composites, CNT-func 
performs best with respect to the DTL. It is expected 
that functionalisation of CNTs promotes better 
dispersion of CNTs in the matrix. The small scatter 
of the DTL for CNT-func in comparison with the 
other two systems can be seen as an indication of 
that.  Recalling that the CNT-old has the smallest 
delaminated area of the three nano modified 
composites, it appears that the network of CNTs 
promotes initiation of damage but hinders its further 
development. 
 
����&RPSUHVVLRQ�WHVW�
 
In the compression test after impact all material 
systems behave similarly and no dramatic 
differences could be noted. The load increases 
linearly with displacement and drops suddenly after 
reaching its maximum. This drop was associated 
with sudden fracture of the specimen. The final 
failure was always triggered by the impact damage 
in the center of the specimen. From the vertical 
strain field just before the fracture, the strain 
concentration in the center of the specimen was 
observed. The fracture then ran across the entire 
width of the specimen as shown in Fig 2. 
 
The compressive residual strength values are given 
in Fig. 3 along with the delaminated area data. The 
delaminated area for all CNT modified laminates 
was larger compared to the reference composite and 
one would expect that this would lead to a lower 
after impact compressive strength. The residual 
strength of CNT-old, however, did not degrade 
although the delaminated area in this material 
increased. The mean strength of CNT-old is even 
1% higher than for CF/epoxy, although this 
difference is not significant. CNT-fresh and CNT-
func have a lower compressive strength than the 
reference material, and that the decrease is 
statistically significant.  
 
The fact that CNT-old has a higher residual strength 
despite larger delaminations area indicates that it has 
a higher damage tolerance than the other tested 
materials, even higher than the reference composite. 
It appears that the network-like structure of CNT 
dispersion in the aged CNT masterbatch has a 
beneficial effect on the residual compressive 
strength. Interestingly one exceptionally high 

strength value of about 220 MPa was also recorded 
for CNT-old.  
 
Functionalisation of the CNTs could not improve the 
residual compressive strength. The scatter of the 
results, however, is smallest for CNT-func among all 
CNT containg composites. This suggests a more 
homogeneous CNT dispersion as a result of 
functionalization.  
 
�����'DPDJH�FKDUDFWHUL]DWLRQ�
 
After the compression test, the damage morphology 
was examined under an optical microscope. For each 
material system, 2 sections were prepared: one was 
taken from the center (referred to as “center”) and 
another at the quarter width (referred to as “side”). 
The distance between the center line and the section 
"side" is about 25mm. At this distance, no damage 
from the impact test is expected to be present. 
 
In Fig. 4 the section taken from the center of the 
specimen is shown. Although examination was done 
after the compression test, some features of the 
impact damage are still visible. The main failure 
modes are matrix cracks, delaminations and fibre 
breakage at the top side where the impactor was in 
contact with the sample. Also on the bottom side, 
extensive fiber failure can be recognized. In general 
it seems that the damage on the bottom side of the 
specimen is more severe for samples with CNTs. For 
the reference system, cracks were found only inside 
fibre tows and not in the resin rich areas between the 
tows. In CNT containing systems, however, cracks 
were also found in the resin rich areas. Generally, 
materials with CNTs appeared to contain more 
matrix cracks. These cracks were inclined at about 
45 degrees and followed the conical shape of the 
impact damage. In the sections taken from the side 
(not shown) matrix cracks could not be found. It is, 
therefore, believed that these matrix cracks are 
damage due to impact and not a result of the 
compression test. Based on this damage 
characterization one can conclude that the matrix 
with the CNTs is weak under a compressive load 
caused by the impactor. 
 
The “side” cross sections were also examined, 
examples is shown in Fig 4c. Depending on the 
evolution of delaminations during the compression 

ICCM19 931



test, either failure under shear or buckling of the 
fibers can become dominant. Both types of failure 
could be found in all material systems without a 
clear tendency.  
 
As previously noted, the impact resistance of the 
composites could not be improved by adding CNTs 
to the matrix. For all systems with CNTs, the 
measured delamination area was larger compared 
with the reference composite. A possible explanation 
for this might be that during the out of plane impact 
the matrix is loaded under compression. Under this 
type of loading the toughening mechanisms 
associated with CNTs such as pull-out and crack 
bridging might be less efficient. The CNTs act in 
this case probably more like a rigid inclusion and 
stress concentrator, resulting in a higher matrix 
crack density. The matrix cracks found by optical 
microscopy in the polished sections of the CNT 
modified composites support this assumption. The 
matrix cracks themselves have no severe effect on 
the stiffness of the laminate but they act as initiation 
sites for delaminations.  There may be a link 
between the larger matrix crack density and the 
observed increase in the delamination area. 
 
�����0RGH�,,�,QWHUODPLQDU�)UDFWXUH�7RXJKQHVV��
 
Fig.5 gives an overview of the measured mode II 
fracture toughness for all material systems. The 
average GIIC for all materials with CNTs is higher 
than for the reference composite. A statistical 
significant is, however, only confirmed for CNT-old. 
Thus, CNT-old has a higher GIIC , hence a 
delamination resistance under shear and this may be 
a consequence of the network structure of CNTs in 
this material. The fracture toughness was found to be 
independent of the crack length as expected. 
 
����6(0�RI�IUDFWXUH�VXUIDFHV�
 
The fracture surface of samples tested for the mode 
II fracture toughness were examined using a FEI 
NOVA Nanolab 600 scanning electron microscope 
(SEM)  with a through the lens detector and a 
acceleration voltage of 5 kV. All samples were 
examined close to the tip of the starter crack. Fig. 6 
illustrates SEM images of all systems.  
 

Small CNT agglomerates could be found in CNT-
fresh, while much larger agglomerates were 
observed in CNT-old (mainly in resin rich zones). 
As reported previously in [4,5] the network has 
larger features. Just from the fracture surface, no 
quantification can be made about the extent of this 
network. The CNT dispersion for CNT-func was 
very homogeneous. In these composites, CNTs were 
found everywhere (also between fibers inside fiber 
bundles), which was to a lesser extent in CNT-fresh 
and not at all the case in CNT-old. 
 
Pulled out nanotubes could be found suggesting an 
active toughening mechanism through CNT pull out. 
In the areas with CNTs, the fracture surface appears 
to be rougher, which also indicates an energy 
dissipating mechanism. The pulled-out CNTs 
appeared to be longer in CNT-old and shorter in 
CNT-func. 
 
Additionally, the surface of the carbon fibres was 
found to be clean with no remaining epoxy matrix 
adhering to it in all composite systems. There were 
no indications that the CNTs would promote a better 
adhesion between fibre and matrix. 
 
����,/66�WHVW��
 
No differences were found in the measured ILSS 
values for different composite systems (Fig. 5). 
Interesting observations were, however, made about 
the failure modes. In the SBS test, specimens should 
fail under single or multiple shear. To observe 
failure development during the test, a white coating 
was applied on the front side of the specimen and 
the test was filmed. Depending on the material 
configuration, the observed failure modes were 
compression failure, single or multiple shear failure. 
Some samples failed partly due to shear and 
compression and, therefore, two failure modes were 
reported for these specimens.  
 
All load-displacement curves from the reference 
composite show an almost linear behavior and a 
sudden load drop. This drop is a consequence of the 
delamination evolution, resulting in a single shear 
failure. For CNT-fresh and CNT-old a different 
damage morphology was observed. Compression 
failure in the vicinity of the central loading roller 
caused first discontinuity in the load-displacement 
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curve. The final load drop was then a result of 
mainly multiple shear fractures in the central area. 
Only a few specimens failed due to a single shear 
fracture. The load-displacement curves for the CNT-
func samples were similar as the other systems 
containing CNTs. Also compression failure was 
found as the first failure but the final fracture for all 
CNT-func specimens was single shear. This is a 
significant difference compared with the multiple 
shear failure observed for CNT-fresh and CNT-old 
specimens. All specimens had the same dimensions 
and the testing setup remained unchanged during the 
entire test. Thus the presence of the CNTs changed 
the failure characteristics. 
 
The performed damage characterization suggests 
that composites with CNTs are more sensitive to in-
plane compressive stresses during impact. CNTs and 
their agglomerates appear to act more as stress 
concentrators and less as reinforcements. The 
multiple shear failures observed in CNT-old and 
CNT-fresh appear to be due to larger CNT 
agglomerates in these materials that initiate damage 
at multiple locations. Although specimens of CNT-
func were also sensitive to in-plane compressive 
stresses, they all failed due to single shear fracture in 
the mid plane similarly to the reference composite. 
The single shear fracture is another confirmation that 
the CNT dispersion is more homogeneous in CNT-
dunc. 
 
���'LVFXVVLRQ�DQG�FRQFOXGLQJ�UHPDUNV�
 
To highlight the relation between the different 
experimental results, Fig. 7 is presented. An increase 
in delamination area was found for all three CNT 
containing composites whereas for CNT-old the 
smallest increase was recorded. The residual 
compressive strength decreased for CNT-fresh and 
CNT-func, and remained the same for CNT-old. The 
fact that CNT-old has a higher residual strength 
despite a larger delamination area indicates that it 
has a higher damage tolerance than all other tested 
materials including the reference material. 
 
The values measured for ILSS are very similar for 
all the systems. Interesting conclusions, though, 
were made by observing the type of failure during 
the ILSS test. 
 

From the observations made during the experiments, 
it was concluded that the presence of CNTs in the 
matrix makes the material more sensitive to matrix 
failure under in-plane compressive stresses. CNTs 
can improve the properties of composites due to 
toughening mechanisms such as bridging of cracks 
and CNT pull out. These mechanisms are probably 
less efficient if the matrix is loaded under 
compression. In this case, the CNTs may act more as 
a stress concentrator and not as reinforcement. This 
was observed by examining specimens after impact 
and compression tests where more impact induced 
matrix cracks were found for CNT containing 
composites. These matrix cracks act as initiation 
sites for delaminations during the impact. Therefore 
it is not surprising that the delaminated areas for the 
CNT containing composites were larger, based on 
the fact that also more matrix cracks were present.  
 
The results of this study imply that the dispersion 
state of the CNTs influences the mechanical 
properties of the material. From the experimental 
results it can be concluded that this CNT network 
has a positive influence on the properties of the 
composites. This statement is further supported by 
the results of the GIIC test where CNT-old performed 
best of all tested materials and GIIC  was improved by 
22% compared with the reference material. As 
described in the literature review, GIIC plays also an 
important role during the growth of delamination in 
the compression test. The higher delamination area 
due to impact can be probably compensated by the 
improved GIIC during the compression after impact 
test, and the compressive strength (CAI) did not 
degrade for CNT-old. All these facts indicate that 
the network like morphology of CNTs can have a 
positive influence on the properties of the composite.  
 
Whilst this study did not confirm better mechanical 
performance of composites modified with 
functionalized CNTs over non-functionalized ones, a 
clearly more homogeneous distribution was found. 
The scatter of the results was in general lower for 
the samples containing functionalized CNTs and this 
is an indication for a more homogeneous dispersion. 
This conclusion is further supported by SEM 
investigation where no agglomerates of 
functionalized CNTs could be found.�
�
�
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Fig.1 Experimental set-up for the impact test. 
 

 
Fig.2 Experimental set-up for the compression after 
impact test.  
 

 
Fig.3 Mean values for delamination area and 
residual compressive strength. 

Table 1. Results impact test: maximum contact force 
(Fmax) and damage threshold load (F1) 

 
 

 
(a) 

 
(b) 

 
(c) 
Fig. 4 (a) Cutting of samples for optical microscopy, 
(b) sample taken from the center of CNT-fresh, (c) 
sample taken from the side of CNT-fresh. 
 

 
Fig.5 Mean values for mode II interlaminar fracture 
toughness (GIIC) and interlaminar shear strength 
(ILSS). 
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(a) ECF 

 
(c) CNT-old 
Fig. 6 SEM images of fracture surfaces 
 

 
Fig.7 Overview of the obtained results. 

 
(b) CNT-fresh 

 
(d)CNT-func 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

Stiffened panels are found in fuselage and wing 
covers among many other applications. They are 
constituted by a thin skin on which stringers are 
attached to. As a consequence of their high specific 
strength and stiffness, composite materials have 
become especially attractive to produce them. 
From the mechanical standpoint, these structural 
components are susceptible to present local 
instabilities at low load levels due to their high 
slenderness. This phenomenon decreases the actual 
rigidity of the component, but it does not happen 
abruptly. The component is still capable to withstand 
loads higher than this critical load efficiently, 
showing a reserve of strength and stiffness. In this 
regard, great efforts are being done to understand the 
postbuckling behaviour of stiffened panels when 
they are loaded in compression, shear, mixed load 
and/or pressure, see [18] and the references therein. 
This research deals with the experimental and the 
numerical analysis of a composite stiffened panel 
under compression load. The stringers are Ω-shape 
co-bonded to the skin. Special attention is paid to the 
analysis of the roles of the dummy frames and the 
geometrical imperfections in the structural response. 
Several FE models have been developed aiming to 
reproduce properly the actual supporting conditions. 

2 Specimen description 

The panels under consideration are included within 
the European Founded ALCAS Consortium [9]. The 
characteristic dimensions of the skin of the panel 
are: axial length (L) 2708 mm, curvature radio (R) 
1900 mm and arc length (D) 1100 mm. A general 
sketch of the specimens is shown in Fig. 1, where 

additionally the geometric definition of the Omega 
stringers and the dummy frames transversely 
disposed can be found. The skin of the panel and the 
stringers were manufactured using material 
IMA/M21E. The materials Loctite-Hysol 96695 and 
aluminum alloy 2024-T42 were employed for the 
adhesive layer and dummy frames, respectively.  

 

1 Fig. 1. Geometrical scheme of the panel. 

3 Experimental test 

The external solicitation applied to the panel consists 
of a uniform compressive load along the axial 
direction of the specimen (z-axis in Fig. 1). The 
panel was located at a test machine which enables 
the application of compressive, shear or any 
combination of both, see a schematic representation 
in Fig. 2. The lower and upper edges of the panel 
were set into a resin block, denoted as clamping box 
in Fig. 2, that ensured the uniform transfer of the  
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2 Fig. 2. Test machine equipment. (a) General sketch, 
(b) Detail of the load introduction zone, and (c) 

Detail of frame rod support system. 

compressive action to the specimen. There were two 
pairs of symmetrically disposed hydraulic pistons 
along the longitudinal direction of the panel (see 
Fig. 2a) that in case of the compression test act as 
lateral guides constraining the displacements normal 
to the panel surface at these locations. With the aim 
of achieving the full-barrel structural conditions, a 
set of hinge-rods bounds dummy frames to a pole 
located at the cylindrical axis of the panel (see 
Fig. 2c). 
In order to record the structural performance of the 
panel during the test, the specimen was monitored 
with 20 unidirectional strain gages oriented along 
the axial direction of the panel, mounted at the 
stringers (denoted as S5-S9, see Fig. 3), and a set of  

 

3 Fig. 3. Gages and rosettes mounted on the specimen. 

8 back-to-back multidirectional rosettes located at 
the central bays (identified as R1-R4 in Fig. 3). A 
LVDT was used to record the displacement of the 
mobile extreme. 
Additionally, the panel tested had some preliminary 
damaged zones by means of the inclusion of Teflon 
plies (simulating delaminations) and afterwards 
several low-energy impacts were introduced at some 
locations. 

4 Numerical simulations 

Finite element (FEM) simulations of the test were 
carried out with the code ABAQUS. First-order 
composite shell elements with linear shape functions 
and reduced integration scheme (S4R in ABAQUS) 
were selected for the skin and the stringers. 
One of the main issues of this work is related to the 
achievement of structural conditions similar to those 
corresponding to the rig of the test. Consequently, 
some of the auxiliary structural components and 
extra-reinforcement regions of the panel were also 
considered to be modelled. These additional features 
are: the transition zones (in pale green in Fig. 1), the 
reinforced frame (in grey in Fig. 1) and the four 
dummy frames (in blue in Fig. 1). 
The upper edge of the panel (fixed extreme) was 
idealised by constraining all degrees of freedom, 
whereas the lower edge uniquely the axial 
displacement (z-displacement) was allowed. 
Regarding the lateral guides, constrained radial 
displacements (ur = 0) were assumed for all points 
placed at these locations. Indeed, one of the pivotal 
hot-points of this work deals with the reliable 
numerical modelling of the structural conditions 
with regard to the dummy frames. In particular, 
three different approaches aiming to incorporate 
their mechanical role were analyzed, see Fig. 4. On 
the one side, Models 1 and 2 consider their effects 
by directly imposing boundary constraints (ur = 0 for 
Model 1, and ur = u = 0 for Model 2). On the other 
side, dummy frames are modelled explicitly in 
Model 3 by means of additional geometrical entities, 
supporting conditions (ur = 0) being imposed onto 
their upper flange. It is worth mentioning that in 
case of Model 3, these entities were related to the 
panel by means of *TIE constraint, simulating 
perfect connections between such entities. 
The mechanical response of stiffened panels in the 
postbuckling regime exhibits a high sensitivity with 
respect to the initial imperfection [6], specifically  

(a) (b) 

(c) 
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PANEL WITH FRAMES AND OMEGA STRINGERS 

 

4 Fig. 4. Dummy frames model options. 

with respect to those of geometrical signature. In this 
work the ideal geometry of the numerical model was 
perturbed using the buckling mode shapes 
numerically estimated in a precedent analysis. Hence, 
the perturbation scheme reads [6]: 

1  x
 
i(n) = x

o
i (n) + 

k=1

k=M

a
 
k u

k
i (n) (1) 

x
 
i(n) being the perturbed i-coordinate of the node n, 

x
o
i (n) the ideal i-coordinate of the node n, u

k
i (n) the 

i-displacement of the node n for the k buckling mode 
shape, a

 
k the coefficient associated to mode k, and M 

the number of buckling modes used for the 
perturbation. Coefficients a

 
k  may be computed 

adjusting expression (1) to the actual geometry of 
the panel. In this work, the actual geometry was not 
measured, selection of coefficients a

 
k  being 

commented later on (Section 5.1.). 

5 Buckling results 

First of all, a buckling analysis of the panel was 
performed for every modelling option under 
consideration, in order to know the critical loads of 
the panel and the corresponding buckling mode 
shapes (potential u

k
i (n) in eq. (1)). Table 1 presents 

the ten lowest buckling loads for the models.  
Analysing each columns, differences between first 
and tenth buckling loads are small, 4.5% for Model 
1, 1.9% for Model 2, and 3.3% for Model 3. 

 

1 Table 1. Buckling loads [kN]. 

Comparing columns, Model 2 exhibit lower 
buckling loads than Model 3, and these are lower 
than those of Model 1. This issue might be attributed 
to the fact that the insertion of the kinematic 
constraint with regard to the circumferential 
displacements (u = 0) at the dummy frame locations, 
induces an extra compressive action in the Model 2 
because of the Poisson effect. Models 1 and 3 
presented significant similarities with regard to the 
numerical values of the buckling loads and 
corresponding deformation patterns. In fact, it seems 
that Model 3 represents an intermediate option 
between Models 1 and 2. 
Figs. 5 to 7 show the radial displacement distribution 
of the eigenvectors for the three lowest critical loads 
for the numerical models presented. 
Mode shapes are characterized by some half-waves 
at the areas defined between two adjacent frames 
and the outermost stringers. Sometimes they are 
clearly noticeable between frames on the left (see 
modes 1 and 3 in Fig. 5), other times on the right 
(see modes 1 and 2 in Fig. 7) and another on the 
centre area (see mode 3 in Fig. 6), but never neither 
on two of these areas simultaneously nor in the area 
between a stringer or a frame and the reinforcement 
frame. 
The number of half-waves was 6 (for low modes) or 
7 (for high modes) along the axial direction (z–axis 
in Fig. 1) between frames, and only one along the 
circumferential direction between stringers. 
In addition, there are some cases whose eigenvector 
was almost perfectly symmetric respect to the 
central stringer (see, for example, mode 2 in Fig. 5) 
or antisymmetric (see, for example, mode 2 in  

Mode Model 1 Model 2 Model 3 

1 739 675 723 

2 742 677 726 

3 744 678 728 

4 744 679 731 

5 746 682 731 

6 748 682 733 

7 750 686 734 

8 751 687 734 

9 760 687 746 

10 772 688 747 
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5 Fig. 5. Buckling loads for modes 1 to 3 of Model 1 
(movable grip on the left). 

 

6 Fig. 6. Buckling loads for modes 1 to 3 of Model 2 
(movable grip on the left). 

 

7 Fig. 7. Buckling loads for modes 1 to 3 of Model 3 
(movable grip on the left). 

Fig. 7). In other cases, symmetry or antisymmetry 
were not perfect (see, for example, mode 2 in 
Fig. 6). 
It is worth mentioning that, because of the high 
torsional rigidity of the profile generated by the  
stringers, antisymmetric modes are not predominant, 
as would occur with blade stringers, [8]. 
Approximately, half of the modes obtained were 
symmetric or quasi-symmetric and the other half 
were more or less antisymmetric. 

5 Postbuckling results 

5.1. Load-shortening evolution 
For the postbuckling analysis the geometry was 
modified as indicated by eq. (1), using the 
coefficients and modes shown in Table 2. These 
coefficients were selected in order to include a 
maximum perturbation of about 10% of the laminate 
thickness in each of the areas between frames (this is 
the reason why mode 10 is used for Model 1 and 
mode 9 for Model 3 instead of modes 3 and 2 
respectively), [10]. 
Fig. 8 shows the load-shortening correlation between 
the experimental and the numerical results 
corresponding to each of the modelling options  

P1 = 675443 N 

P2 = 677333 N 

P3 = 678297 N 

P1 = 739225 N 

P2 = 741827 N 

P3 = 743539 N 

P1 = 723275 N 

P2 = 726221 N 

P3 = 728387 N 
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2 Table 2. Coefficients a
 
k selected. 

 

8 Fig.  8. Load-displacement evolution correlation. 

mentioned above. Thus, in this diagram, circle 
marks identify the experimental evolution measured 
by a LVDT during the test, whereas continuum lines 
represent the numerical predictions obtained by the 
finite element models. 
Experimental evolution is nearly proportional up to a 
load around 750 kN, at which a sudden jump in the 
displacements, accompanied by a slight decrease of 
the stiffness, can be clearly appreciated in the 
experimental data. Notice that this load level is 
relatively close to the lowest critical loads for 
Models 1 and 3. 
The (numerical) linear evolution corresponding to 
Model 3 is presented in Fig. 8 (Linear 3). Linear 
evolutions for Models 1 and 2 are only slightly 
different and they are not shown. 
The non-linear predictions for the three models are 
represented as Model 1, 2 and 3 respectively. Non-

linear numerical predictions are very close each 
other, and nearly proportional till 800 kN. 
Nevertheless, the final load reached by the 
computational process is different for each model. 
Model 1 finished for 863.744 kN due to convergence 
problems, the displacement being 7.408 mm. 
Maximum numerical load for Model 2 was 
828.125 kN, because of convergence problems also, 
the displacement being 6.998 mm. Finally, Model 3 
reached the maximum load (1000 kN) of the 
analysis, the displacement being 8.782 mm. 
The agreement between numerical prediction and 
experimental data is satisfactory except for load 
greater than 750 kN, at which the observed 
displacement jump was not predicted by any 
numerical model. Moreover, in the work of ref. [8], 
where stringers were blades, no similar phenomenon 
is appreciated. Although it could be assigned to the 
appearance of some kind of damage, no evidence 
had been recorded during the test. 
In order to analyse this fact, Fig. 9 shows the 
evolution of the incremental stiffness of the 
specimen along the test. Test values were computed 
directly from the experimental points in Fig. 8 using: 

2  Stiffness = 
load

displacement
 (2) 

The initial stiffness of the panel (obtained from the 
numerical models) is about 119 kN/mm. It agrees 
reasonably with the experimental one, which is 
about 130 kN/mm (7.7% greater). 
Nevertheless, it is noticeable the decreasing of the 
experimental value obtained for the incremental 

 

9 Fig.  9. Experimental evolution of the incremental 
stiffness during the test. 

Linear 3 

Model 1 

Model 2 

Model 3 

Test 

Mode Model 1 Model 2 Model 3 

1 0.0002 0.0002 0.0002 

2 0.0002 0.0002 - 

3 - 0.0002 0.0002 

4 - - - 

5 - - - 

6 - - - 

7 - - - 

8 - - - 

9 - - 0.0002 

10 0.0002 - - 
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stiffness (approximately represented by the dashed 
line in Fig. 9), which is anomalous comparing with 
the numerical predictions (which are constant). 
At P* = 480 kN a mid-kink can be observed in the 
experimental points and at Pcri = 750 kN a sudden 
drop is clearly identifiable (as in Fig. 8) in the 
experimental values. For this load, numerical 
predicted stiffness decreasing noticeably. 
Summarizing, two main observations can be made to 
the results shown in Fig. 8 and 9. There is no 
explanation for the sudden jump in the load-
shortening evolution at 750 kN, unless a non-
identified damage had happened. The progressive 
decrease in the stiffness observed may be associated 
to an initial deformed shape of the panel (including 
stringers), an effect not able to be captured by these 
numerical models. 
The panel collapsed abruptly at 848.4 kN. The 
damage regions were characterized by notable skin-
stringer debondings and delaminations at the central 
area of the panel in conjunction with fiber 
breakages, see Fig. 10. 

 

10 Fig.  10. Photograph of the damage region. 

5.2. Strain gage measures 
Figs. 11 to 16 show the correlation between 
numerical predictions and experimental data 
corresponding to the rosettes placed at the central 
area of the panel. R2 and R3 reference the rosette 
(Fig. 3), ‘o’ references that rosette bonded on the 
outer surface and ‘i’ to that on the inner; A, B and C 
reference the directions (Fig. 3); finally, M1, M2 and 
M3 reference the numerical model (Fig. 4). 

 

11 Fig. 11. Results for direction A at rosettes R2. 

 

12 Fig. 12. Results for direction A at rosettes R3. 

 

13 Fig. 13. Results for direction B at rosettes R2. 
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14 Fig. 14. Results for direction B at rosettes R3. 

 

15 Fig. 15. Results for direction C at rosettes R2. 

 

16 Fig. 16. Results for direction C at rosettes R3. 

Focusing the attention in the experimental data, 
notice that, in some cases, they show a slight 
bending effect for low load levels. This was because 
of the initial imperfection of the panel. It is worth 
remembering that geometrical imperfections 
introduced in the numerical models have not any 
connection to the actual geometry. 
Nevertheless, a close adjustment can be appreciated 

for loads below P* = 480 kN. For loads between 
P* = 480 kN and Pcri = 750 kN small differences are 
noticed, they being higher for the Model 2. It is 
noticeable that these load levels coincided with those 
detected in Fig. 9 and commented in Section 5.1. 
They can be used to identify three stages: (1) linear 
evolution, (2) non-linear effects are noticeable, and 
(3) postbuckling regime. 
Experimental buckling load is closely approximated, 
exhibiting bending dominated states up to collapse. 
At deep postbuckling stages poorer correlations are 
encountered. As shown in [7], the main reason for 
this fact is that initial imperfection considered is not 
based on the actual geometry of the panel. 
Figs. 17 to 19 show the strain evolution for gages A, 
B, C and D, located at positions S6, S7 and S8 (see 
Fig. 3). 
Numerical evolution of A, B and C strain gages, 
which are located on the hat of the Omega stringer 
and in front of it, are hardly affected by the increase 
of the load above the critical one; D gages being the 
most affected. The reason for this fact is that, if  

 

17 Fig. 17. Results for S6 strain gages. 

 

18 Fig. 18. Results for S7 strain gages. 
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19 Fig. 19. Results for S8 strain gages. 

imperfections are introduced by combination of 
buckling modes, the geometry of the stringers being 
unmodified. This is because low buckling modes 
only involve deformation in the skin (where D gages 
are bonded), and the corresponding displacements of 
the stringers are negligible. 
The differences between the experimental evolution 
of strain gages A and B (specifically for S6 and S7 
devices, where it appears from the beginning of the 
test) are the evidence that stringers were not straight. 
Thus, numerical model were not able to reproduce 
the actual behaviour of the panel. 

7 Conclusions 

Experimental and numerical analyses of a stiffened 
panel have been presented. The panel had three 
Omega stringers and three dummy frames. Special 
attention has been paid to the modelization of the 
boundary conditions derived from these frames. 
The prediction of the buckling load and the load-
displacement evolution, which are global parameters, 
are quite similar for the different models used. 
However, the predictions of the local effects, strain 
gages measurements, are deeply affected by the 
initial imperfections and by the boundary conditions 
of the models considered. 
In any case, the most important conclusion of this 
work is that, for a specific specimen, boundary 
conditions, geometry, auxiliary devices, etc. have to 
be modelled as accurate as it can be if the evolution 
of that panel is wanted to be followed in the 
postbuckling regime. 
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1 Introduction  

Recently, aluminum (Al) matrix composites have 

been required as the functional materials or materials 

with good functional and mechanical properties at 

room and high temperature. Especially, the high-

performance heat sink has been used for electronic 

devices such as Insulated Gate Bipolar Transistor 

(IGBT) and Light Emitting Diode (LED). On the 

other hand, application to high electrical conducting 

material such as electrical wire and high voltage line 

has been expecting, gradually. These composites are 

required to have good electrical conductivity, good 

thermal conductivity, low thermal expansion and 

good mechanical properties at room and high 

temperatures until 300
o
C. Previously, SiC particles 

or fibers dispersed Al (SiC/Al) composites has been 

studied for thermal and electrical conducting 

materials. SiC/Al composites are used for recent 

heat sink in electronic devices On the other hand, 

this composite was not used for electrical conducting 

materials because of low cost performance and low 

electrical conductivity of SiC. Particularly, the use 

of carbon fiber (Cf) reinforced Al composites have 

been increasing because of its excellent thermal and 

electrical conductivities, low thermal expansion and 

good mechanical properties. However, the Cf having 

high electric conductivity is expensive and its 

composites have high anisotropy, because Cf is long 

fiber. Therefore, this composite has anisotropic 

properties. On the other hand, the particle dispersion 

type composite is high cost performance and its 

properties are isotropic. Because particles are 

usually high cost performance compared with long 

fiber. In this study, we will develop the high 

electrical conducting materials with isotropic 

properties with high cost performance. Table 1 

shows the candidate dispersant for Al matrix. Boride 

ceramics have high thermal and electrical 

conductivity. In addition, it is expected that heat 

transfer and electrical conductivity at interface 

between boride particle and Al is excellent, because 

boride ceramics are good electrical conductor. 

Especially, Titanium diboride (TiB2) has low 

thermal expansion (3.7 X 10
-6

/K), high electrical 

conductivity (1110 X 10
4
Ω

-1
m

-1
) and thermal 

conductiity (100W/mK), and has superior plastic 

deformation resistance at the high temperature. In 

addition, TiB2 does not react with Al [1]. It is 

expected that TiB2 powder dispersed Al composite 

(TiB2/Al) composites have good thermal and 

electrical conductivity with low thermal expansion 

[2, 3]. On the other hand, as spark sintering process 

has quick densification because of the effective 

temperature rising, it is suitable sintering process for 

the preparation of Al matrix composites.  
 

Table 1 Properties of electronic materials 

 
 

The aim of this study is to obtain the TiB2/Al 

composite with superior electric conductivity by 

spark sintering process. And, as the dispersibility of 
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particles affect to the functional and mechanical 

properties, the effect of dispersibility of TiB2 

particles to electrical conductivity was estimated. 

2 Experimental Procedure 

The pure Al and TiB2 particle powders used for 

staring materials are 3m in average particle size 

with 99.96% of purity and 2.62m in average 

particle size, respectively. Fig.1 shows the 

microstructure of as-received Al and TiB2 powders. 

Al powders forms spherical. On the other hand, fine 

TiB2 aggregate and then, forms big sized secondary 

particles with 2.62m in average size.  

 

 
Fig. 1 SEM image as-received (a) Al and (b) TiB2 

powders. 

 

 

A volume ratio of TiB2 particle and Al powder were 

set as 1:4, and the mixed powder was obtained by 

the ball milling method under the conditions of 

50rpm for 18h. In this milling process, two ways of 

the dry blending in atmosphere and the wet blending 

in ethanol was carried out. Then, TiB2/Al 

composites were fabricated by electric discharge 

plasma sintering (SPS) method. Fig. 2 shows the 

spark sintering conditions used in this study.  

 

 
Fig. 2 Flow chart of spark sintering process. 

 

 

The sintering conditions were 50MPa in applied 

pressure, 2.7 X 10
-1

Pa in vacuum degree, 4V in 

voltage, 380~410A in current, 823K in sintering 

temperature and 1.8ks in keeping time of applied 

pressure. Density and microstructure of the 

composites was evaluated by Archimedes method 

and scanning electron microscopy (SEM). In 

addition, the dispersibility of the TiB2 particle in 

composites was estimated by two-dimensional local 

number (LN2D) [4]. And, the electrical conductivity 

of the composite was estimated by four-terminal 

method. 

3 Results and Discussion 

Properties of composites were affected by the shape, 

the size, the volume fraction and the dispersibility of 

dispersant. In this study, the effect of the 

dispersibility of TiB2 particles on the electrical 

conductivity was investigated.  

Fig. 3 shows microstructure of blended powder 

containing 20vol% TiB2 and 80vol% Al. Powders 

were mixed in dry and wet processes. In wet 

blending, aggregation of TiB2 particles was not 

observed. Both particles of Al and TiB2 were 

distributed uniformly without aggregation. On the 

other hand, the aggregation of TiB2 particles was 

remained in dry process. Red circle in fig.3 show the 

aggregation of TiB2 particles. Average aggregation 

size of TiB2 particles seems to be small slightly by 

dry process. 
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Fig. 3 SEM image of mixed powder of TiB2 and Al by (a) 

wet blending and (b) dry blending. Volume ratio of TiB2 

and Al is 1:4. 

 

 
Fig.4 Relationship between sintering temperature and 

sintering time of 20vol%TiB2/Al mixture mixed by wet 

blending and dry blending. 

Relative density of TiB2/Al composites prepared by 

wet blending and dry blending was 97.0% and 

99.8%, respectively. Composites have relatively 

high density compared with the composites 

fabricated by hot-pressing. Fig. 4 shows the 

relationship between sintering temperature and 

sintering time for wet blending and dry blending. 

The relation curves between sintering temperature 

and sintering time for wet blending and dry blending 

are very similar. After rapid heating till 500
o
C, the 

heating velocity was slow down till 530
o
C.  

 

 
Fig. 5 Relationship between relative density and sintering 

time for spark sintering at 823K with50MPa of applied 

pressure. 

 

Fig. 5 is the relationship between sintering time and 

density of monolithic Al block and TiB2/Al 

composites obtained from wet blending and dry 

blending. Usually, spark sintering process was 

divided into three stages. 1
st
 stage shows slow 

densification speed. In this stage, necking between 

particles was formed by the break of oxide film on 

particle, which is caused by the local heat-generation 

in arc discharge and the elevating temperature 

during pulse electric current in early stage. 2
nd

 stage 

shows the heavy increment of relative density by the 

compressive plastic deformation. 3
rd

 stage shows the 

slow densification. In this stage, pores introduced by 

sintering shrunk and evanished by high temperature 

creep deformation. In this study, 2
nd

 stage starts 

around over 500
 o

C, heavy densification was 

observed, and 3
rd

 stage start at 530 
o
C. But obvious 

densification was not observed during keeping stage 
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for 1.8ks as shown in figs. 2, 4 and 5. In fig. 5, 1
st
 

stage was not observed in sintering for monolithic 

Al powder and mixture powder. The densification 

speed during 2
nd

 stage in sintering was monolithic Al 

powder, wet blended powder and dry blended 

powder in early order.  

 

 
 

Fig. 6 Schematic illustration showing the deformation and 

the transfer of the materials at the contact particles. 

 

TiB2 particles do not have plastic deformation and 

shows no sintering at this sintering temperature. It 

seems that the existence of the TiB2 particle 

becomes the factor to reduce the densification speed. 

When TiB2 powders are mixed with Al powders, the 

contact of particles was classified in three ways; i.e. 

Al particle-Al particle (a-a), Al particle-TiB2 particle 

(a-t) and TiB2 －TiB2 (t-t). At first, each contact 

during sintering is considered as probability. 

Furthermore, the increment of the relative density, 

when TiB2 particles added to Al particles, is 

assumed the burying process for cavity, which is 

caused by plastic deformation and rearrangement of 

particles. Fig. 6 shows the schematic illustration 

showing the deformation and the transfer of the 

materials at the contact particles during sintering 

process. In this case, the increase of relative density 

for mixture powders, (D-Do), is expressed as the 

equation (1).  

 

      )0000 DDDDDDD tttataaaaa     (1) 

 

Hence,   

,  and  are probability of a-a, a-t and t-

t contacts in blended powders, respectively. And, 

(Da-a-D0), (Da-t-D0) and (Dt-t-D0) is the increase in 

relative density in each contact parts. 

,  and  is expressed following 

equations (2) 
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                (2) 

 

Fig. 7 shows the relationship between volume 

fraction of TiB2 particles and contact probability of 

,  and . Probability of t-t contact at 

20vol% TiB2 is 4%. As t-t contact is independent to 

sintering, the existence of t-t contact seems to delay 

the sintering velocity. 4% seems small value. In 

actual, the densification speed of monolithic Al 

powders is slightly faster than that of mixed powders, 

because of no TiB2 particle in Al powder. On the 

other hand, the densification speed of mixed 

powders by wet blending was faster than that of dry 

blending. Contact probability of  for dry 

blending is higher than that of wet blending because 

of aggregation of TiB2 particles in mixed powders 

by wet blending. 

 

 

 
Fig.7 Relationship between volume fraction of TiB2 

particles in mixed powders and particles probability. 
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Consequently, 20vol% TiB2/ Al composite with high 

density was obtained by spark sintering under low 

temperature (530
o
C), low pressure (50MPa) and 

short time (1.8ks). In contrast, in order to obtain 

20vol% TiB2/Al composites with 98% in relative 

density by hot-pressing, the conditions of 660
o
C in 

temperature, 100MPa in applied pressure, 2 hour in 

loading time are required [5]. Furthermore, usually 

there are many cavities around the aggregation of 

TiB2 particles in TiB2/Al composites fabricated by 

hot-pressing. However, the cavities were not 

observed in the composites fabricated by spark 

sintering, which is characteristic of spark sintering. 

During spark sintering, it seems that the oxides films 

on the surface of starting Al powder was destroyed 

by ark discharge and then contact area between Al 

and TiB2 increased. As Al and TiB2 have good 

wettability, it seems the densification of composites 

during spark sintering is promoted. Especially, the 

densification of composites around aggregation area 

of TiB2 seems to be promoted. As local joule heat 

was generated at contact area of particles because of 

spark during sintering, we calculated the temperature 

at particle contact area.  

It assumes that local joule heat generation in particle 

contact area is not spread by radiation and heat 

conduction. Then, we consider the deformed particle 

model with r in radius by applied pressure, P, and 

temperature, T as shown in fig.8.  

 

 
Fig. 8 Schematic illustration of Al particles which play 

the role of a resistive element during the pulse current 

pressure sintering process. 

 

Fig. 9 shows the relationship between momentary 

increasing temperature and radius r0 of contact 

circuit between particles obtained by calculation. If 

radius (r0) condition of contact area is very small, 

momentary increasing temperature at contact area 

between particles just after a pulse electricity start is 

over 5000K, which is over 933K of melting 

temperature of pure Al. Consequently, it seems that 

local heat generation and melting of Al particles was 

occurred at contact area between Al particles. S. K. 

Rhee [6] reported the contact angle between single 

crystalline TiB2 and molten Al at 840
o
C is 55

o
. D. A. 

Weirauch [7] reported contact angle between TiB2 

and molten Al is 10-20
o
 at 990

o
C, and almost 0

o
 at 

over 1025
o
C. Usually, as under 90

o
 of contact angle 

lead to the penetration behavior, molten Al infiltrate 

to clearance between TiB2 particles automatically. 

Spark sintering is able to fabricate dense TiB2/Al 

composites because of local heat generation, which 

is over molten temperature of Al, compared with 

hot-pressing.  
 

 
Fug. 9 Relationship between the temperature one pulse of 

current and radius of contact area. 

 

Fig. 10 shows the dispersion configuration of TiB2 

particle in composite obtained from the wet and dry 

blending processes. The TiB2 particles in composite 

obtained from the wet blending seems to disperse 

uniformly in Al matrix, but the TiB2 particles in 

composite obtained from the dry blending tend to 

have aggregation. LN2D was estimated in order to 

evaluate the dispersibility of the TiB2 particle 

quantitatively from photograph in Fig.10.  
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Fig. 10 SEM images of 20vol%TiB2/Al composite by 

spark sintering process. The blending method of powders 

are (a) wet process and (b) dry process. 

 

Fig.11 shows the variance of dispersibility (LN2D) 

of the TiB2 particle in composites as a function of 

volume fraction of TiB2 particles. Black line in fig. 

shows ideal uniform random distribution. Variances 

of LN2DR obtained from TiB2/Al composites 

obtained from wet and dry blending were 8.05 and 

13.88. Degree of the aggregation becomes higher so 

as to deviate from the curve obtained from ideal 

uniform random distribution. This result shows that 

the TiB2 particles in composite obtained from the 

wet blending distributed more uniformly than that of 

dry blending. This is because the aggregation of 

TiB2 particle remained after the dry mixture process. 

 

 
Fig. 11 Variance of LN2DR obtained from TiB2/Al 

composites mixed by Wet blending and Dry blending. 

Line shows the variance of LN2DR obtained from 

uniform random structure of TiB2/Al composites as a 

function of volume fraction of TiB2 particles. 

 

 
Fig. 12 Electrical conductivity of pure Al block, TiB2 

block and 20vol%TiB2/Al composite. 

 

Fig. 12 is an electric conductivity of the composite 

obtained from a pure Al block, TiB2 block, the 

composites obtained from wet blending and dry 

blending. Pure Al block was fabricated by spark 

sintering under the same condition of composite 

preparation. The electric conductivity of pure 

aluminum block and the TiB2 block was 38 X 10
4
Ω

-

1
m

-1
 and 12 X 10

4
Ω

-1
m

-1
, respectively. On the other 

hand, the electric conductivity of the composite from 

wet blending and dry blending was 22 X 10
4
Ω

-1
m

-1
 

and 27 X 10
4
Ω

-1
m

-1
, respectively. The electric 

conductivity of the composite from dry blending was 

higher than that of wet blending. Theoretical value 
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was estimated by Chang’s model [8], which is 

applied to particle dispersed metal matrix 

composites. This model is expressed following 

equations; 

 

   11 mc
                (3) 
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Hence, ρ is electrical resistivity, and η is volume 

fraction. This model needs the following 

assumption; 1) There is no reaction phase between 

particle and matrix. 2) Particles disperse uniformly 

in matrix. 3) Electron moves easily without 

resistance between particle and electron. It is well 

known there is no reaction between Al and TiB2. As 

Al and TiB2 is electrical conducting material, the 

electrical conductivity at the interface between Al 

and TiB2 seems to be very high. Therefore this 

model is suitable for predicting the electrical 

conductivity of this composite. The theoretical value 

of electrical conductivity is 32.0 X 10
4
Ω

-1
m

-1
, which 

is higher than the experimental results. It is 

considered low electrical conductivity is caused by 

the effect of the dispersibility. But the very low 

electrical conductivity of the electrical conductivity 

of the experimental result and the big difference of 

electrical conductivity between the composites 

obtained from wet process and dry process is 

inexplainable. It seems residual stress affect to the 

degradation of electrical conductivity. The residual 

stress occurs in a matrix in a cooling process of the 

composites preparation. The residual stress 

generates the lattice distortion, and degrades the 

electrical conductivity. 

Adjustment of electrical conductivity was calculated 

under the viewpoint of the quantity of deformation 

region around the TiB2 particles. If the difference of 

electrical conductivity between experimental result 

and theoretical value obtained from Chang’s model, 

plastic deformation area in Al around TiB2 particle is 

obtained by using following equations [9, 10].  

 

 
bd

B
 1                                       (5) 
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 pcc Vpp




            (6) 

 

Hence,  is electrical conductivity, is plastic 

deformation region, Vp is volume fraction of 

dispersion particles, B is constant, ε is ΔCTE×ΔT, d 

is average diameter of particles, and b is Burger’s 

vector of Al matrix. Table 2 shows the calculation 

result of deformation region α of Al matrix in 

TiB2/Al composite. Thermal expansion of Al and 

TiB2 are 23.1 X 10
-6

/K and 3.7 X 10
-6

/K, 

respectively, and the difference of the thermal 

expansion between Al and TiB2 becomes 19.3 X 10
-

6
/K. Deformation region α of TiB2/Al composites 

obtained from dry process was larger than that of 

wet process. Therefore plastic deformation in the 

matrix by the difference of thermal expansion in the 

composites obtained from wet blending is bigger 

than that of wet blending because of the uniform 

distribution of TiB2 particles in matrix. It seems the 

increment of strain caused by plastic deformation 

zone reduce the electrical conductivity of the 

composites.  
 

Table 2 Experimental and theoretical  values for 

20vol%TiB2/Al composites.  

 
 

Then, the area ratio of matrix, particles and 

deformation region in matrix was estimated as 

shown in Fig. 13, which is calculated by using the 

results in table 2. The area ratio of the composites 

was defined as 1 or 100%. Area ratio of the 

deformation region in composites obtained from wet 

blending and dry blending are 136% and 23%. It 

seems that the all matrix in the composites obtained 

from wet blending was damaged by plastic 

deformation because over 100%. On the other hand, 

deformation region of the composites obtained from 

dry blending was 23%, and the matrix area without 

deformation is 57%. Hence, it is considered the 

composites obtained from dry blending was 

degraded the damage area by agglutinating TiB2 
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particles, and consequently, the electrical 

conductivity of the composites obtained from 

dry blending is higher than that of wet blending. 
But, as the deformation region of the composites 

obtained from wet blending is over 100%, we have 

to consider the degree of deformation, if we consider 

the degradation of electrical conductivity of the 

composites obtained from wet process, 

quantitatively. 

 

 
Fig. 13 Area fraction of Al, TiB2 and deformation area of 

20v.%TiB2/Al composites. 

 

4. Conclusion 

20vol%TiB2/Al composites with high density over 

97% were obtained by using spark sintering process. 

The TiB2/Al composites have relatively good 

electrical conductivity. But, the distribution of TiB2 

particles in composites affect to the electrical 

conductivity. Uniform distribution of TiB2 particle 

led to degrade the electrical conductivity because of 

the increment of strain field. 
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1 Introduction  

 

The fabrication of continuous fiber 

reinforced thermoplastic composite involves two 

problems. The first one is that thermoplastics as 

matrices generally have high melt viscosity so that 

it is difficult to impregnate resin into reinforcing 

fiber bundle. To overcome this problem, micro-

braided yarn (MBY) with CF and thermoplastic 

fiber have been developed as an intermediate 

material by Japanese traditional braiding technique 

as shown in Fig. 1. MBY is fabricated by braiding 

resin fibers alongside reinforcement fiber. Since 

resin fibers are located close to reinforcement fiber 

bundle, impregnation performance of 

thermoplastics is excellent [1]. 

The other one is low interfacial properties 

between the fiber and matrix. It is considered that 

interfacial properties in continuous fiber reinforced 

thermoplastic composites can be characterized by 

the wetting ability and chemical interaction 

between fiber and matrix. Wetting ability would 

affect resin impregnation state during molding 

while chemical reaction affects composite strength. 

Therefore, interface design of CFRTP is very 

important to obtain composite materials with 

improved processability and mechanical 

performance. 

In our previous research [2], it has been 

clarified that the CF/PP had good impregnation 

property but low interfacial strength in the 

composite performance. On the other hand, 

CF/MAPP had low impregnation property but high 

interfacial strength in the composite.  

The objective of this research is to improve 

the both impregnation state and interfacial shear 

strength by using surface treatment on carbon fiber.  

To achieve this objective, low molecular 

weight Polypropylene (L-PP) and non-ionic 

Polypropylene emulsifying agent (PP-emulsion) 

were used.  

 

2 Fabrication Method 

 

The materials used in this study were carbon 

fiber as the reinforcement (T700SC-12000 Toray 

Co., ltd), and polypropylene (PP) and maleated 

polypropylene (MAPP) fibers as matrix resin. 

To evaluate interfacial shear strength of the 

CF/PP or MAPP, the micro-droplet test was 

employed. The CF was treated by using L-PP and 

PP-emulsion with various concentrations at 0, 0.6, 

1.4, 2.5, 3.5, and 8.0wt%.  

To evaluate the impregnation state and 

mechanical properties of the composite, the CF/PP 

or MAPP composites were fabricated. A tubular 

braiding machine was used for fabricating MBY as 

an intermediate material for producing 

unidirectional continuous fiber reinforced 

thermoplastic composites [3, 4]. CF as the 

reinforcement fibers untreated and treated with L-

PP or PP-emulsion was aligned vertically and 

braided with PP or MAPP fiber to yield CF/ PP or 

MAPP MBY by using a technique known as micro 

braiding. These MBYs were later used to prepare 

composites.  
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Prior to compression molding process for 

fabricating the composites, the MBYs were wound 

onto a parallel metallic frame with a size of 

20×340mm equipped with a spring mechanism to 

prevent thermal shrinkage during molding, as 

shown in Fig. 2. The wound frame was then placed 

into a pre-heated mold with a size of 20×200mm 

and compression molding was performed at 200C 

with a molding pressure of 10 MPa for 60 minutes. 

Cooling was subsequently performed by running 

water through the mold while keeping the 

specimens under constant pressure.  

 

4 Testing Method 

 

Micro-droplet test was performed to 

investigate interfacial adhesion and the interfacial 

shear strength of the CF/PP or MAPP interface was 

examined. The resin fiber was melted by using a 

hot plate at 220
o
C and a small droplet of resin was 

applied to a single fiber. Micro-droplet test machine 

HM410 (Tohei Sangyo Co.,Ltd ) was used with a 

fiber pull-out speed of 0.03 mm/min. When the 

micro-droplet touches the knife edges, the interface 

is solicited in shear mode. The maximum load F 

measured before matrix detachment from the fiber 

is related to the fiber/matrix shear strength. The 

interfacial shear strength (τ) was calculated by 

equation 1,  

 

                       dl

F


                                  (1) 

 

where F is the maximum load, d is the fiber 

circumference, and l is the embedded fiber length. 

The values of the fiber circumference and 

embedded length were characterized using 

microscope images as shown in Fig.3. 

The wetting ability with contact angle was 

examined to investigate wetting ability of the 

CF/PP or MAPP. The resin fiber and CF filament 

were put on glass slide and it was melted by using a 

hot plate at 200
o
C. The resin fiber in melting was 

observed by using microscope as shown in Fig. 4. 

The surface of specimens after micro-droplet 

was observed by scanning electron microscope 

(SEM). The specimens were dried and gold coated 

by using a sputtering machine (JEOL, JFC-1100E) 

for 8 minutes to make the surface electrically 

conducting, in order to prevent accumulation of 

electron charges on the specimen surface during 

observation. The coated specimens were observed 

by using a scanning electron microscope (JEOL 

5400). 

In order to observe the impregnation state of 

the composite, the cross-section of CF/PP or MAPP 

composites were polished and observed by using an 

optical microscope OLYMPUS-PME3 (IC5). 

For the mechanical property, 3-point bending 

test of unidirectional composites was performed by 

using an INSTRON universal testing machine 

(model 4206). The specimen size was 50mm in 

length, 15mm in width and 1.5~1.8 mm in thickness. 

The span length was 25mm and the test speed was 

1mm/min. 

 

5 Results and Discussion 

 

Fig.5 shows relationship between interfacial 

shear strength of CF/PP or MAPP and content of 

surface treatment. In the case of CF/PP with L-PP, 

the interfacial shear strength was increased until 

0.6% and then decreased with increase in the 

surface treatment content. While surface treatment 

with PP-emulsion, the interfacial shears strength 

was increased until 1.4% and then kept constant 

value with increase in the surface treatment content. 

In the case of CF/MAPP, the interfacial shear 

strength was decreased until 3.5% and then kept 

constant value for both L-PP and PP-emulsion. In 

the case of CF/PP and CF/MAPP treated with PP-

emulsion, the interfacial strength was higher than 

that treated with L-PP.  

Fig. 6 shows SEM photographs after micro-

droplet test for 2.1wt%. After the micro-droplet test 

specimen of CF/MAPP, the breaking point of the 

resin had larger damage more than CF/PP. It 

indicated that CF/MAPP has high interfacial shear 

strength more than CF/PP. 

Fig. 7 shows the wetting ability by contact 

angle of CF/PP and CF/MAPP with untreated and 

treated with L-PP and PP-emulsion at 2.1wt%. In 

the case of untreated specimens, the contact angle 

of CF/MAPP was bigger than that CF/PP. In the 

case of CF/PP treated with L-PP, the contact angle 

was not changed when compare with untreated 
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specimen but bigger than treated with PP-emulsion. 

While in the case of CF/MAPP treated with L-PP, 

the contact angle was decreased when compare with 

untreated specimen from 96° to 39° and still bigger 

than treated with PP-emulsion. In the case of CF 

treated with L-PP and PP-emulsion, the contact 

angle of CF treated with L-PP was bigger than CF 

treated with PP-emulsion. It indicated that the 

wetting ability of CF treated with L-PP was lower 

than CF treated with PP-emulsion. 

Fig. 8 shows the impregnation state by cross-

sectional photographs of composites by untreated 

and treated with L-PP and PP-emulsion. In the case 

of untreated specimens, the impregnation ratio of 

CF/PP was higher than CF/MAPP. In the case of 

CF/PP, the impregnation ratio was slightly 

decreased by L-PP.  While in the case of CF/PP 

treated with PP-emulsion, impregnation ratio was 

100% as same as untreated one, moreover, the 

fibers were highly dispersed compare with 

untreated one. In the case of CF/MAPP, the 

impregnation ratio was increased by L-PP and 

became 100% by PP-emulsion.  

Fig.9 shows the bending strength of 

composites. In the case of untreated specimen, the 

bending strength of CF/PP was much lower than 

CF/MAPP. The strength of CF/PP was drastically 

improved by surface treatment and the increasing 

ratio by PP-emulsion was higher than that by L-PP.  

In the case of CF/MAPP, the strength was slightly 

improved by the surface treatment. 

Fig. 10 shows the SEM photographs of 

surfaces of composites after bending test. In the 

case of CF treated by PP-emulsion, the amount of 

resin sit on fiber much more than CF untreated and 

treated by L-PP. This is an indication of strong 

interfacial adhesion between CF and the matrix. 

From these results in the case of CF/PP, CF 

treated with PP-emulsion could improve the 

interfacial strength between fiber and resin and 

bending strength of composites. In the case of 

CF/MAPP, CF treated with PP-emulsion could 

improve the impregnation of the resin into fiber 

bundle by increasing the wetting ability and 

improve the bending strength of composites.  It 

indicated that CF treated with PP-emulsion could 

produce composites with better mechanical 

performance.  

 

6 Conclusions 

 

The surface treatment by Low-PP and PP-

emulsion was effective both for CF/PP and 

CF/MAPP in the impregnation properties and the 

interfacial properties for CF/PP composites. It was 

established that surface treatment by Low-PP and 

PP-emulsion could produce composites with better 

mechanical properties for CF/PP and CF/MAPP. 
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Fig. 1 Fabrication of Micro-braided yarn (MBY) 
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Fig. 2 Fabrication method of unidirectional specimens 
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Fig. 3 Micro-droplet test 
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Fig. 4 Wetting ability by contact angle test 
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Fig. 5 Relationship between interfacial shear strength of CF/PP or MAPP and surface treatment content.  
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Fig. 6 SEM photographs of micro-droplet test 
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Fig. 7 Photographs of contact angle 
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Fig. 8 Cross sectional photographs of composites. 
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Fig. 9 Bending strength of composites 
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Fig. 10 SEM photographs of surfaces of composites 
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Abstract 

In order to pursue a reliability based design 

approach, material related uncertainties need to be 

quantified. For composite structural designers, the 

evaluation starts at the coupon level where a limited 

number of layups gets tested. The state of the art 

stiffness determination process then neglects the 

non-linear stiffness behavior as well as the spatial 

variability and aims at conservative estimates.  In the 

present work, a unidirectional laminate is tested in 

tension and the stiffness is evaluated at different 

loading points. Monte Carlo simulation technique is 

used to predict laminate stiffnesses based on this 

data for two different layups and compared to a 

similar simulation based on constituent properties. 

The predictive qualities are checked against 

measured laminate stiffnesses. 

Furthermore, polynomial curve fits are generated for 

each specimen and mean and confidence intervals 

evaluated for a strain working range of interest and 

compared to the secant method suggested by the 

respective Norm. A simple beam problem is used to 

illustrate the consequences of the different stiffness 

determination methods.  

In the considered tension case the maximum 

computed deviation of a specific stress quantile to 

the reference stress quantile is around 5%. The 

evaluation methods investigated lead to significantly 

higher deviations when comparing the respective 

deflections, thus suggesting that ultimately a more 

robust testing and evaluation method needs to be 

applied. This is especially true since in case of 

stiffness determined designs the usage of a low 

estimate of the stiffness is not necessarily a 

conservative assumption. 

1 Motivation for reliability based design 

In the structural design process it is common 

practice to consider only nominal means as input 

variables and evaluate the one resulting design 

against the design criteria. To guarantee a certain 

degree of conservatism, the actual stress is not 

compared to the material strength but to the material 

strength times an empirically based safety factor.  

Although this approach can usually be called 

successful in terms of low failure rates and implicit 

conservatism, the neglect of variant input data leads 

to several shortcomings. Firstly, to guarantee a 

conservative design, the deterministic approach 

requires assuming a worst case scenario for all input 

parameters and all occurring simultaneously, thus 

leading to overly conservative and heavy designs. 

Secondly, the system inherent safety is in fact often 

not known. Especially for the development of 

prototypes, the application of safety factors can be 

subject to discussions. A commonly asked question 

is then how far the safety factor can be reduced in 

favour of the goals lightweight design and low cost. 

Since there is generally not enough information 

about relevant scatter of input variables and their 

influence on the structural behavior, the safety factor 

cannot easily be changed. To exploit lightweight 

potential, it is hence necessary to quantify relevant 

uncertainties of influencing parameters and the 

structural sensitivity towards them. This is also the 

basis to apply a reliability based design approach. To 

implement such an approach in the design process, 

the material and structural properties as well as their 

scatter in situ need to be known. But although there 

is a large number of work related to uncertainty 

modeling techniques, only few data regarding 

quantitative characterization of FRP-structural 

related uncertainties is available [1].  

2 Determinations of Material Properties 

Commonly, material properties are measured in 

coupon tests and the resulting stiffness and strength 

data is used for the structural design of the 
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component. For structures made of fiber reinforced 

plastics (FRP), the representation of laminate 

properties in situ through coupons is not equally 

straightforward. In contrast to metal structures, 

where material that has already been made is used 

for the structure and the coupons, the FRP is made 

together with the structure and can differ in its 

manufacturing process from the coupon.  

Furthermore, the hierarchical structure of fiber 

composites leads to uncertainties on different scales 

of the structural behavior [2]. Theoretically, 

uncertainties on a lower scale are present on higher 

scales. But in structural design, usually the lowest 

scale considered is the ply or coupon level. On this 

level material properties are measured, rather than 

measuring fiber and matrix properties separately. 

Considering a multiscale approach from the ply level 

on, one now has to consider that uncertainties on 

coupon level are not necessarily the same as on 

component level.  

On the coupon level it is well known that property 

measurements are strongly related to the testing 

method [3], the preparation of the probe [6], [4] 

layup [4], [5] and edge treatment. For example, this 

sensitivity is among others due to arising edge 

effects, which generally are not or not that distinct 

present in the structural component. On the 

structural scale, the component is more prone to 

manufacturing related uncertainties like complexity 

of the structure, contours or type of process [7]. 

3 Analyses 

3.1 Material and specimens 

The carbon fiber reinforced polymer investigated is 

a prepreg system consisting of 24k intermediate 

strength carbon fibers (IMS65) and epoxy matrix. 

The unidirectional sheets have a nominal thickness 

of 0.125 mm and are delivered on a roll with a width 

of 300 mm. Three different lay-ups are prepared for 

the analysis: unidirectional (UD) [0°8], crossply (CP) 

[90/0/90/0]S and quasi-isotropic (QI) [90/45/0/-45]S. 

For all laminates two plates are made using hand 

lay-up technique. After preparing four layers, a 

vacuum is applied to avoid air captures between 

layers. The curing cycle is run in an autoclave 

following a cycle proposed by the manufacturer with 

a maximum temperature of 130°C hold for 

90 minutes. After cooling and application of gfrp 

and aluminium strips in a hot press (60°C) for 

clamping purposes, seven to nine specimens are cut 

from the produced plates. The final edge treatment is 

done using abrasive paper with a grain size of 

P1000. A typical sample is depicted in Fig.1. 

 

Figure 1 Specimen dimensions 

The characterization of the material is achieved by 

conducting tension tests according to DIN EN ISO 

527 with a Zwick universal testing machine 1474. 

The test speed is kept constant at 2 mm/min to 

ensure quasi-static behavior. 

Strains are measured using a Zwick/Roell 

extensometer 6336.102b, whereby some samples 

had additional strain gauges to verify the 

extensometer results (Fig.2).  

 

Figure 2 Tension test with extensometer 

A normal distribution is assumed for the distribution 

of the longitudinal stiffness Ex: 
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The first central moment or mean value of the 

actually discrete distribution is 
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UNCERTAINTIES IN THE PREDICTION OF CFRP LAMINATE 

PROPERTIES IN THE CONTEXT OF A RELIABILITY BASED DESIGN 

APPROACH 
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An additional measure for the scatter of the data is 

the coefficient of variation, which is defined as  
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3.2 Analytical approach 

Micro-meso analysis 

Based on the assumptions for the constituent 

properties, the engineering constants are computed 

deterministically and used as reference values for the 

discussion of the tension test results. 

A Monte Carlo simulation is conducted to compute 

the expected mean and standard deviation for the 

engineering constant Ex of the tested laminates. This 

prediction is considered as a micro-meso approach, 

since data from the constituent (or micro) level are 

used to predict properties on the laminate or meso 

level. The data used as random input for this 

simulation is summarized in Tab.1. 

 m source V source 

Ef1 290 GPa data sheet 4.5 % assumption 

Ef2 23.2 GPa ESAComp 4.5 % assumption 

fV 52 % measured 0.8 % measured 

EM 3.5 GPa assumption 3 % [8] 

Deg 0° - 2° [9] 

Table 1 Constituent input data 

The layer thickness has not been considered 

separately as varying parameter since it is not 

independent from the fiber volume fraction: the 

number of fibers within the layer does not vary, so 

measured thickness variations are related to 

fluctuations in matrix content. Poisson ratios of the 

constituents have been identified to only minor 

contribute to the results in a sensitivity analysis and 

are not further considered as varying parameters 

either. 

Layer parameters are computed using common rules 

of mixture for E1: 

mf EfVEfVE  )1(11  (5) 

Transverse stiffness E2 is calculate using a 

modification in accordance with Puck 
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The shear modulus of the single layer is calculated 

using 

mf G

fV

G

fV
G
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(7) 

Applying the classical laminate theory (CLT) the 

engineering constants for the desired lay-up are 

computed. The resulting stiffnesses are used as 

reference values. 

Meso-meso analysis, secant method 

In the next step a meso-meso approach is carried 

out, characterized by the usage of E1 stiffness values 

of the UD specimens evaluated between different 

strain levels. Effectively, a secant is computed 

between a defined lower and upper value on the 

stress strain curve and the gradient is evaluated as 

the respective stiffness (Fig.3). 

 

Figure 3 Examples of secants at stress-strain 

curve 
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Based on CLT, these values are used for the 

predictions of laminate properties of a CP- and QI-

laminate. For each laminate type a Monte Carlo 

simulations is carried out using the measured mean 

and standard deviation of the respective measured 

stiffness values. Hence, for each evaluated strain 

level a separate analysis is carried out per laminate. 

Transverse stiffness E2 and shear modulus G12 are 

measured according to DIN 65378 and DIN 65466 

respectively  

 

 m 
[GPa] 

V 

[%] 

E2  6.8 3.4 

G12  3.0 7.0 

Table 2 Measured transverse and shear modulus 

Meso-meso analysis, curve fitting method 

For each specimen tested, a curve fitting is applied 

for the stress-strain curve. Due to the limited 

practical relevant working strain range, the curves 

are established between 0.15 % and 0.35 % strain 

only. Among other reasons, this is also based on the 

fact that at slightly higher strain levels micro-

damages in the matrix or fiber-matrix interfaces of 

transversely oriented layers already occur. Since 

transversely oriented layers play an important role in 

practical applications, this working range can be 

found in different kind of industries [10],[11]. 

The curves are described by fourth grade polynomial 

functions which are established by computing 

regression curves based on the least square method.  

In the next step first derivatives are formed for each 

resulting function. The resulting set of curves 

describing a smoothed stiffness behavior are 

analyzed at certain evaluation points. At these points 

mean values and 95 % confidence intervals for the 

mean are computed. Those finally result in a 

respective mean value curve as well as upper and 

lower bound for a confidence interval. While this 

assessment describes the expected range for the 

mean value, the analyzed 4s interval represents the 

range in which 95.4 % of all specimens will fall.  

3.2 Influence on structural assessment 

The different stiffness evaluation methods lead to 

different predictions and possibly diverging 

decisions in the design process.  

For illustrational purposes, a simple beam model is 

used with varying resulting engineering constants 

depending on the evaluation method used. A Matlab 

code is set up and the respective Monte Carlo 

simulation uses 6000 runs per analysis. 

The beam has a width of 50 mm, is clamped at one 

edge and loaded in bending through a point load at 

the other edge (Fig.3). 

 

Figure 4 Simple beam problem 

The engineering constants of the beam are computed 

using CLT. A layerwise stress analysis is performed 

and the maximum stress at the tension side is 

evaluated. The maximum deflection is computed 

according to classical beam theory assuming pure 

bending and neglecting possible shear effects. 

Each Monte Carlo simulation results in certain 

mean, standard deviation and confidence intervals 

for the observed quantity. Output that is compared is 

the 95 % upper confidence bound on the 4s-

quantile.  

4. Results 

4.1 Tension test specimens – secant method 

According to DIN EN ISO 527 the Young’s 

modulus Ex is evaluated by calculating the secant 

gradient between 0.05% and 0.25% strain. In this 

work, the young’s modulus is evaluated for seven 

more strain ranges. Analyzing all specimen results, 

for each range, mean value and standard deviation 

can be computed. The procedure is repeated for the 

CP- and QI-laminate but with less data points. Fewer 

points are evaluated since for a number of specimens 

local damages occur below the final breakage which 

can distort the computation of the secant value at 

these ranges. 

Fig. 5 shows the results for the UD specimens. For 

the first evaluation point between 0.05% and 0.25% 

strain the mean value lies significantly below the 

expected stiffness. In the working range mean values 

are around the expected value and increasing 

towards higher strains up to a mean of 159 GPa for 
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the highest evaluated range between 1.3 % and 

1.4 % strain. The expected stiffness of 149 GPa gets 

exceeded not before a strain level of approximately 

1 %. 

The CP-laminate also shows differences in the 

stiffness according to DIN and compared to higher 

strain evaluation points. A mean of 81.2 GPa as 

predicted by rules of mixture is reached at the 

evaluation range between 1.1 % and 1.2 % strain. 

The tendency to exceed the expected stiffness value 

with increasing strain level is not as pronounced as 

observed for the UD-specimens.  

 

Figure 5 Stiffness evaluation of UD-laminate 

 

Figure 6 Stiffness evaluation of CP-laminate 

Fig.7 depicts the tension test results of the Quasi-

isotropic laminates. Above 1 % strain no more strain 

ranges were evaluated due to slipping effects of the 

extensometer that occurred and distorted the secant 

analysis. The mean of the tension tests are 10 % to 

20 % below the expected mean but show no 

tendency to increase with respect to the strain level. 

 

Figure 7 Stiffness evaluation of QI-laminate 

4.2 Tension test specimens – curve fit method 

The evaluation of first derivatives of the fourth 

grade polynomial fitting functions leads to Fig.8. 

The UD stiffness in the analyzed range shows a 

strong increasing tendency from 132 GPa at 0.15 % 

strain to about 140 GPa at 0.35 % strain. Depicted in 

grey is the 4s-intervall which includes 95.4 % of the 

sample data points. 

While the variance of the UD stiffness stay 

approximately constant at 2.5% over the considered 

range, variance of CP-and QI longitudinal stiffnesses 

show a tendency to decrease by up to 1 % within the 

0.2 % strain range (Fig. 9, Fig. 10 ant Tab. 3).  

 

 

Figure 8 Curve fit for UD-specimens 
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Figure 9 Curve fit for CP-specimens 

 

Figure 10 Curve fit for QI specimens 

 
Evaluation 

point 

0.20 % 0.25 % 0.30 % 

 V [%] V [%] V [%] 

UD 2.4 2.5 2.5 

CP 3.8 3.0 2.7 

QI 3.3 2.9 2.3 

Table 3 Curve fit – resulting variances 

4.2 Analytical stiffness predictions 

Fig. 11 to Fig. 13 depict the cumulative distribution 

functions of the different laminates investigated and 

show the specimen results as stairs and the analytical 

predictions made through Monte Carlo simulations 

as continuous curves.  

For the UD material the Monte Carlo simulation 

based on constituent properties predicts a coefficient 

of variance of 2.18 %, which is approximately 1-3 % 

below measured variances (Fig.11). The prediction 

made coincides best with stiffness values analyzed at 

higher strains. 

 

Figure 11 CDFs for UD-laminate 

The various specimen results for mean and variances 

lead to different predictions for the CP- and QI-

laminate cumulative distribution functions. In Fig.12 

and Fig.13 they can be compared to the respective 

specimen results. Corresponding strain ranges used 

as input for the Monte Carlo simulation and 

evaluated for the respective laminate are depicted 

using a similar line style. 

Although the predicted variances are comparable, 

the corresponding means experience partly 

significant offsets. Especially for the QI-specimens, 

the predictions based on measured UD-stiffnesses 

considerably overestimate the longitudinal stiffness. 

 

Figure 12 CDFs for CP-laminate 
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Figure 13 CDFs for QI-laminate 

4.3 Beam problem 

For the beam analysis the maximum stress occurring 

in a layer of the beam is evaluated as well as the 

maximum deflection. While the first value 

represents the stress peak within one layer, the 

deflection characterizes the overall laminate 

response.  

The 95 % 4s- quantiles for the beam analysis are 

summarized in Tab. 4. Results based on the stiffness 

values according to norm are chosen as reference 

values. The second column shows the deviation with 

respect to the reference. 

Depending on the chosen approach to evaluate 

stiffness E1 from specimen data, the analyzed 

quantile for the maximum stress shifts by up to 

4.4 % for the UD-laminate. Deviations for the QI-

laminate are slightly higher than for the CP-laminate 

and shift by a maximum of 5 %.  

The deflection is more sensitive to the overall 

stiffness change investigated and shows significant 

shift with respect to the reference, as well as among 

each other. Stiffness input evaluated at the highest 

strain range leads to observations between 14 % (QI) 

and around 17 % (UD and CP) smaller than the 

reference.  

Observations for the maximum stress made by using 

the curve fit method in the working range lead to 

smaller shifts.  For all laminates the predicted shift is 

almost constant (between -2.3 to -2.7 % for the UD- 

laminate and less for CP- and QI-laminate).  

Regarding deflection values, shifts are more 

pronounced and vary between around 4 %-7 % for 

UD- and CP-laminate and 2.6 - 4.2 % for the QI-

laminate.  

5. Discussion 

The evaluation of the secant gradient is related to 

several uncertainties that can have significant 

influence on the absolute stiffness value. At low 

strains the low stiffness values found may be 

influenced by fiber waviness and stretching effects. 

Additionally, setting effects of the clamping material 

may occur due to increasing transverse forces. It is 

not expected that these sources take effect over the 

whole strain range.  

Comparing Fig. 11 and Fig. 12 it can be observed 

that the predictions at corresponding strain levels do 

not consequently coincide with the evaluated CP-

stiffnesses, thus indicating that the variations are not 

due to inherent material uncertainties. The same 

applies for the prediction of variances and data 

scatter, respectively. 

Table 4 Beam analysis: 95 % - 4s- quantiles and comparison for maxim stress s and end deflection w 
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   UD CP QI 

  
evaluation 

range [%] 
s [MPa] 

deviation 

[%] 
w [mm] 

deviation 

[%] 
s [MPa] 

deviation 

[%] 
w [mm] 

deviation 

[%] 
s [MPa] 

deviation 

[%] 
w [mm] 

deviation 

[%] 

 s
ec

an
t 

m
et

h
o

d
 

0.05-0.25 

(Reference) 296.2 
- 

12.3 
- 

577.3 
- 

36.0 
- 

688.5 
- 

56.6 
- 

0.2-0.3 309.2 4.39 11.3 -7.90 600.5 4.02 34.0 -5.64 722.9 4.99 52.5 -7.18 

0.3-0.4 298.8 0.85 11.4 -7.01 582.7 0.94 33.8 -6.15 704.1 2.27 53.4 -5.63 

0.5-0.6 296.6 0.11 11.1 -9.68 582.6 0.92 32.9 -8.57 707.8 2.81 52.3 -7.62 

0.7-0.8 308.4 4.12 11.4 -7.37 597.9 3.57 34.1 -5.13 721.6 4.81 52.8 -6.73 

0.9-1.0 292.0 -1.42 10.1 -17.86 577.5 0.03 29.9 -16.89 716.7 4.10 48.8 -13.71 

 c
u

rv
e 

fi
t 

 0.2 288.1 -2.74 11.7 -4.65 567.0 -1.78 34.1 -5.24 685.9 -0.38 55.1 -2.61 

0.25 289.1 -2.40 11.5 -6.28 567.9 -1.63 33.8 -6.07 689.2 0.10 54.7 -3.32 

0.3 289.3 -2.34 11.4 -7.10 568.6 -1.51 33.4 -7.19 692.7 0.61 54.2 -4.20 
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Hence it is concluded, that other effects related to 

the evaluation and testing method might contribute 

to the high divergence between expected and 

evaluated stiffness values. 

Although the evaluation at higher strain levels leads 

to increasing and thereby better matching stiffness 

values, a focus has been set on a working range of 

practical relevance. Here, both the secant and curve 

fitting method lead to values significantly below the 

ones expected by the classical laminate theory. The 

curve fitting method is effectively smoothing the 

resulting stress-strain curve and thus ruling out 

possible local discontinuities. Such discontinuities 

may for example be produced by the extensometer 

measuring or by local degradation effects like fiber-

matrix debonding or micro damages within the 

matrix in the case of off-axis layers. Such 

degradation effects may lead to the observed 

reduction in stiffness of the QI-laminate, where off-

axis layers (+/-45°) contribute more to the overall 

longitudinal stiffness compared to the off-axis layers 

of the CP-laminate (90°). 

These effects clearly have an influence when trying 

to generate input data for a reliability based design 

case study. In case of the beam analysis, the effect is 

clearly visible in case of stress analysis and hihly 

significant for the stiffness dominated deflection 

analysis. Principally, it seems acceptable to reduce 

the area of interest to a practical working range. The 

curve fitting method is less prone to local 

discontinuities of the stress-strain curve and leads to 

more consistent variances. Nonetheless, the fact 

remains that the specimens investigated did not 

show the expected stiffness behavior as predicted by 

CLT. Moreover, the usage of the (lower than 

expected) UD-specimen data did not lead to the 

prediction of CP- and QI-data, making it more than 

difficult to analyze what mean and variances of the 

material investigated truly are. 

6. Conclusion 

For the Prepreg system investigated, a significant 

apparent stiffness dependence on the strain level for 

Unidirectional specimens was found. At low strain 

levels the stiffness can lay 14 % below the expected 

value calculated through rules of mixture. For 

crossply and quasi-isotropic layups the effect is also 

present, while they are less prone to evaluation 

ranges. A curve fitting method specifically for the 

working range is proposed in order to smooth out 

possible local distortions in the stress strain curve 

that might affect the evaluation through the secant 

method, thus leading to more consistent input data. 

Due to the high dependence on the evaluation 

method it is concluded that the described specimens 

and the stiffness evaluation according to the 

respective norm do not lead to the real material 

inherent uncertainties needed for a reliability based 

design approach. 
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Abstract — We propose an approach to 
characterize the mechanical properties of interlock 
woven composite structures and particularly to solve 
the problems associated with the creation of these 
complex geometries and their discretization into a 
conform mesh. Once the model is meshed and the 
symmetry conditions are defined, the properties are 
obtained by homogenization. Complex weaves can 
be automatically processed with this technique. 

1. Introduction 

The work proposed here is devoted to the prediction 
and the characterization of the mechanical behavior 
of interlock woven composite structures [1] [2]. One 
of the difficulties of this meso-macro approach is to 
reproduce faithfully the geometry of these 
architectures with complex shapes and to obtain a 
Representative Volume Element (RVE). Once this 
complex step is achieved, the mechanical properties 
of the composite can be thereafter obtained by 
homogenization from a finite element analysis. Our 
aim is to develop a robust methodology to predict 
and to optimize the mechanical properties of a wide 
range of weaves embedded in resin. Woven 
composites studied are 2.5D interlock composite. 
The crossing weft yarns and warp yarns in three 
directions authorizes an important number of 
architectures and can provide to the resulting 
composite a high structural potential.  
The difficulties to generate a RVE of such structures 
are well known: interpenetration and contacts 
between yarns, meshing of thin resin layers at 
interfaces, determination of the orientation of the 
fibers at all points of the structure. To address these 
problems with a finite element analysis, a 
discretization by voxels [3] [4] may provide a 
flexible solution but only offers a rough 
approximation of geometry. Other approaches have 
been proposed [5]  based on the management of 
contact by specific models such as Multifill [6] or on  
the use of  geometric models which reduce the 
number of  intersections [7] or even correct the 
interpenetrations [8]. 

We propose an approach which consists of creating 
a geometric model of the yarns limiting or 
controlling the intersections and the contacts, 
defining RVE periodic, meshing this RVE by 
tetrahedral with compatible meshes at the interfaces, 
then using periodic homogenization techniques on 
the RVE to obtain the mechanical properties. The 
results are compared to other modeling from the 
literature [9]. 

2. Mesh a RVE 

Our research focuses on obtaining a computational 
model of 2.5D interlock woven composite materials 
[1-12]. One of the scientific challenges is to 
optimize these architectures and in particular, the 
interlacing between weft and warp yarns in order to 
give to the structure a  greater resistance in three 
directions. As we plan to  optimize the weaving of 
these structures, it is essential to develop a robust 
methodology to obtain finite element models for 
various geometric parameters of weaving. 
Create or retrieve geometry is the first step towards 
solving the problem. Then the model has to be 
meshed and this blocking point is the main goal of 
this work. The yarns are in contact. We chose to 
solve the problem by producing a consistent mesh at 
the interfaces between surfaces. Therefore, contacts 
or intersections must be  detected with accuracy and 
robusteness. The main difficulties that are often 
highlighted and which must be properly addressed 
are: 
 Create a consistent mesh at the interfaces 

between surfaces;  
 Mesh the resin and therefore avoid creating too 

close surface elements. Indeed, at contact areas, 
the surfaces are tangent and "crushed." Even if 
we perform a conformable mesh at the interfaces, 
the risk is to get, in the best case, very flat 
elements at adjacent area of the contact area what 
may impede the convergence of the mesh 
generator .  

SIMULATION OF THE MECHANICAL BEHAVIOR OF A 
THREE DIMENSIONAL COMPOSITE 
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Our developed approach is automatic; meshes are 
necessarily made of tetrahedra [13]. A less realistic 
issue could be to move away the contact’s surfaces 
to "pass" the resin. In order to realize a mesh, a 
space must be left around the common contour of 
two surfaces facing each other. In addition, the local 
mesh size must be of the order of magnitude of the 
spacing between the surfaces in order to fill this 
space with well shaped. In other words, one must 
realize an adaptive mesh at vicinity of contact zone 
and the mesh size  around the contour of intersection 
must be a user parameter. It corresponds to the 
maximum volume of resin that we want to put 
in this area. A brief summary of the different stages 
of the construction of the mesh is proposed. 

2.1 Creation of the geometry 

A "realistic" geometry that minimizes intersections 
between yarns is created: the material consists of 
layers based on tissue. To clarify the speech, we 
assume that the fabrics are made of unidirectional 
fibers crossed 90°. We can thus define an array of 
wefts yarns along which the warp yarns are 
undulating.  
We have created an analytical model defining paths 
of yarns along the wefts yarns. Normal cross 
sections to the curve are assumed to be elliptical. 
The path of warp yarns is defined by the position 
above or below sections [7-12]. The proposed 
geometric model limits the number of intersections 
between yarns, allows contacts and enables an 

accurate control of inter-yarns space for the resin 
(Fig. 2.) Contact areas can be  identified analytically. 

2.2. Adapted mesh 

A mesh is performed in the parameter space of the 
surface of the yarns. In this space, the initial mesh of 
each yarn is a LeLf  grid dimension where Le is 
perimeter of the ellipse and Lf is the estimated length 
of the neutral fiber. The mesh is thus performed in 
space 0, 0,f eL L       . The idea is to cut 

recursively the initial regular mesh by dividing  the 
cells containing points into contact, close to other 
yarns or faces of the RVE. The idea is to get an 
adapted mesh and avoid the generation of flat 
elements. Each element of the initial grid constitutes 
a quadtree. This technique can be seen as a multi-
quadtree method. Depending on the status of the 
points with respect to the cell (contact, 
interpenetration, outside), we can define the position 
of the interface contour on the adapted grid as  the 
marching cubes method [14]. Cutting rules are 
defined. The ultimate level of mesh refinement is 
given a priori. Figure 3 shows the adaptation of the 
grid of a yarn in 3D space. Refined areas correspond 
to contacts between yarns or at the proximity of one 
face of the RVE. 
To obtain a conform mesh at interfaces, we chose  
that the warp yarns inherit (by projection) the 
intersections created on the wefts yarns. The final 
mesh of surfaces is obtained by re-meshing the 
points generated by the adaptive grid. 

  
Fig. 1. Network of weft yarns and the path of the warps yarns 

 
Fig. 2. Space management of the inter-yarns at a contact area 
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2.3. Creating the box RVE 

The meshing of all yarns and all the contact areas 
has been made. The yarns are trimmed to ensure the 
conditions of symmetry and periodicity of the RVE. 
The last step before the three-dimensional meshing 
is to create the faces of the RVE (Fig. 4). 

2.4. Volume mesh 

The mesh is made of 4 nodes or 10 nodes tetrahedral 
[13]. The fibers of yarns of weaves studied have an 
orthotropic behavior. Therefore, it is essential to 
determine the orientation of the fiber everywhere in 
the structure.  The orientation is determined at the 
center of gravity of each element.  Given a point in a 
yarn, we determine by minimization the normal 
projection of the point on the neutral axis. We can 
remark that the same test is performed many times 
during the process of detection of the intersections. 

In practice an angular amplitude corresponding to 
the minimum and maximum angle, we define a 
material for a range of orientations. In other words, 
the number of materials is limited; we can define a 
priori a number of materials  and create a material 
for every 1°, for example. Figures 5 illustrate this 
determination for a complex RVE. All the materials 
are shown in the left. The right one shows the 
materials whose orientation is close to 0°. 

  

 
Fig. 3. 3D tree grid quaternary. Preparation for mesh 

a yarn 

   
Fig. 4. Relimitation yarns and construction of the "box" of RVE   

 
Fig. 5. Determination of orthotropic directions 
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3. Determination of the homogenized mechanical 
properties 
To validate the methodology of construction and 
mesh of the RVE presented above (see section 2), 
two composite interlocks studied by Hallal et al. [9] 
are considered: an Interlock type 1 denoted as H2 
and an interlock type 4 denoted as 69). We thus have 
for these two composites modeling results in the 
elastic regime (see Table 3). In the case of the 
interlock H2, it is a model of about 300000 
elements, 33000 nodes and 99000 therefore degrees 
of freedom (dof). For Interlock 69, model is made of  
about 70,000 elements, 70,000 nodes, therefore 
210,000 dof.  
By applying our meshing methodology, we obtain 
for each of the materials considered (Interlock H2 
and Interlock 69) two RVE, the first consists of T4 
elements and the second of T10 elements. Thus, for 
each case, the influence of degree of the shape 
function considered (linear or quadratic) can be 
estimated. For Interlock H2, the RVE is made of 
140,000 elements (77,000 dof by considering T4 
elements T4 and 580,000 dof with T10 elements). In 
the case of the interlock 69, the RVE is made of 
93,000 elements (51,000 dof by considering T4 
elements and 380,000 dof with T10 elements). 
Figures 6 and Figure 7 illustrate the RVE mesh of 
the Interlock H2 and of the interlock 69, 
respectively. 
Given the periodicity of the considered composites, 
the determination of homogenized properties of the 
RVE requires the consideration of periodic 
conditions before the simulation of different loading 
cases. 

3.1. Periodicity of the RVE and determination of 
homogenized mechanical properties 

The geometry of the studied materials imposes the 
definition of periodic boundaries conditions on the 
RVE [15-17]. These are applied by ABAQUS via 
the function *equation. As already  described in a 
previous study by Halal et al. [9], nine constraint 
equations must be imposed between all pairs of 
periodic nodes of the different faces of the RVE 
(except on the edges). 
In both considered cases here (Interlock H2 and 69), 
the composite is assumed orthotropic. Its 
compliance tensor S is written from iE , ij  and ijG  
(i and j from 1 to 3) which are the elastic constants 
of the orthotropic material: the Young's modulus, the 
Poisson's ratios and shear modules in the considered 
directions i and j. 
These elastic constants are determined by 6 different 
load case simulations on the RVE: 3 tensile tests 
(along x, y and z) and 3 shear tests (according to the 
xy, xz and yz planes). 
Assuming that the 6 faces of the RVE are 
respectively positioned in the global reference in 
ABAQUS minx , maxx , miny , maxy , minz  et maxz , in 
the case of a tensile test along the x direction or a 
shear test in the xy plane; we can write, as a function 
of an arbitrarily chosen displacement U, the nine 
constraint equations governing the movement ( 1u , 

2u  et 3u according to x, y and z respectively) of 
each node of each face of RVE (see [9]): 

 
 

Fig. 6. Mesh of Interlock H2: Mesh of RVE (a), Resin (b), Warps and wefts yarns (c) 
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 Tensile test along to  x. 

 On the faces minx x  et maxx x  as follows: 

1 min( , , ) 0u x y z   ; 1 max( , , )u x y z U  ;  (1) 

2 max 2 min( , , ) ( , , ) 0u x y z u x y z   ;    (2) 

3 max 3 min( , , ) ( , , ) 0u x y z u x y z  .  (3) 

 On the faces miny y  et maxy y  as follows: 

1 max 1 min( , , ) ( , , ) 0u x y z u x y z   ;     (4) 

2 max 2 min( , , ) ( , , ) 0u x y z u x y z   ;       (5) 

3 max 3 min( , , ) ( , , ) 0u x y z u x y z  .       (6) 

 On the faces minz z  et maxz z  as follows: 

1 max 1 min( , , ) ( , , ) 0u x y z u x y z   ;      (7) 

2 max 2 min( , , ) ( , , ) 0u x y z u x y z   ;      (8) 

3 max 3 min( , , ) ( , , ) 0u x y z u x y z  .      (9) 

The Young's modulus xE  is then calculated from the 
equation: 
 

max min

max min max min

.( )
( ).( ).

x
x

F x x
E

y y y y U




 
            (10) 

 
Where Fx is the force applied during the tensile test 
on the face maxx x .  

Similarly, with tensile tests along the y and z 
directions respectively, the Young's modulus yE  

and zE  can be calculated. The 3 Young's modulus 
of orthotropic composite known, we determine the 3 
Poisson's ratios such as the relationship :S  is 
verified. 
 
 Shear test in the xy plane. 

 On the faces minx x  et maxx x  as follows: 

1 max 1 min( , , ) ( , , ) 0u x y z u x y z   ;      (11) 

2 max 2 min( , , ) ( , , ) 0u x y z u x y z   ;     (12)

3 max 3 min( , , ) ( , , ) 0u x y z u x y z  . (13) 

 On the faces miny y  et maxy y  as follows: 

1 min( , , ) 0u x y z   ; 1 max( , , )u x y z U  ; (14) 

2 max 2 min( , , ) ( , , ) 0u x y z u x y z   ; (15) 

3 max 3 min( , , ) ( , , ) 0u x y z u x y z  . (16) 

 On the faces minz z  et maxz z  as follows: 

1 max 1 min( , , ) ( , , ) 0u x y z u x y z   ; (17) 

2 max 2 min( , , ) ( , , ) 0u x y z u x y z   ; (18) 

3 max 3 min( , , ) ( , , ) 0u x y z u x y z  . (19) 

 

 
Fig. 7. Mesh of Interlock H2: Mesh of RVE (a), Resin (b), Warps and wefts yarns (c) 
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The shear modulus xyG  is then calculated from the 
equation: 

max min

max min max min

.( )
( ).( ).

x
xy

F y y
G

y y y y U




   
(20) 

Where Fx is the force applied during the test on the 
maxy y face. 

By 2 other shear tests in the  yz and xz planes, the 
shear modulus yzG  and zxG  can be calculated. 

 
3.2. Results of numerical simulations. 
 
In Interlock composite, the matrix (also called resin) 
which is linking all the yarns. In the studied 
materials (Interlock H2 and 69), the matrix is epoxy. 
It will be assumed isotropic; the elastic properties 
are shown in Table 1 (see [1]). 
 

Young's	modulus	

Em	(Mpa) 
Poisson's	

ratios	νm 

Shear	

modulus	Gm	

(Mpa) 
2890 0.35 1070 

Table 1: Mechanical properties of epoxy 

The designation of the used yarns (fibers in resin) is 
'T300J' (provided by SNECMA, cf. [1]). The fibers 
of these yarns are made of carbon and epoxy (same 
epoxy in the matrix). The mechanical behavior of 
the carbon fibers is assumed orthotropic with 9 
elastic constants defined  in Table 2a (see [1]).In 
order to compare the results of our predictions with 
those obtained by Hallal et al.[9], the mechanical 
behavior of weft and warp yarns is determined from 
the Chamis model [17]: 
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12 12
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(21)

 
 
Vf : volume fraction of carbon fibers in the yarns. 
Vm:  volume fraction of the epoxy resin in the yarns. 
As shown in Hallal et al., the volume fractions of 
fibers in the weft yarns and in the warp yarns are 
taken equal to 0.6 for the 2 interlock composites 
considered. 
The composite are taken from the geometrical 
parameters previously described in the materials 
section (Table 2b). The geometric parameters 
needed in the geometrical modeling of the numerical 
and analytical models are defined as follow: 
– Lx, Ly and Lz: the length, width and thickness of 
the RVE. 
– aw and af: are the widths of the warp and weft 
yarns. 
– hw and hf: the thickness of the warp and weft 
yarns. 
– CL: distance between two adjacent weft yarns 
– CT: distance between two adjacent warp yarns. 
 

E11 
(Mpa) 

E22 
(Mpa) 

E33 
(Mpa) 

G12 
(Mpa) 

G13 
(Mpa) 

G23 
(Mpa) ν12 ν13 ν23 

230000 15000 15000 50000 50000 5769 0.278 0.278 0.3 

Table 2a: Mechanical properties of carbon fibers  

Composite 

Warp yarns Weft yarns Distance between yarns 
Width Thickness Width Thickness Weft yarns Warp yarns 

aw (mm) hw (mm) af (mm) hf (mm) CL (mm) CT (mm) 

H2 1.9 ± 0.11 0.18 ± 0.03 1.7 ± 0.06 0.28 ± 0.03 0.4 ± 0.12 0.2 ± 0.08 

69 4.4706 ± 
0.3533 

0.6471 ± 
0.0133 

3.163 ± 
0.427 

0.5882 ± 
0.1084 

2.8235 ± 
0.5087 0.00 ± 0.06 

Table 2b: Geometric properties of the composites H2 and 69 
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The mechanical properties of yarns and resin 
constituting the two studied composites interlocks 
known, by the simulation of the 6 load case already 
described, we determine the homogenized 
mechanical properties of the two composites. The 
confrontations between our predictions and those 
obtained by Hallal et al. are summarized in Tables 3 
and 4. 
 
By considering a quadratic or a linear interpolation 
function, the simulations conducted on our RVE 
provide equivalent results; the maximum relative 
deviation is 7% on the calculation of xyG in case of 
interlock 69. The number of DOF with T10 elements 
T10 is significantly higher than that obtained with 
T4 elements, the accuracy/time of the calculations 
seems to be good enough with T4 elements. 
 

Compared to results obtained by Hallal et al., there 
is however a relative difference of about 30% in the 
case of the interlock 69 (maximum on yzG : 28.7%) 
and a relative difference of about 10% in the case of 
the H2 Interlock (maximum on xyG ). 
 
4. Conclusion:  

An innovative approach of RVE mesh of composite 
Interlock has been developed. This allows limiting 
the number of degrees of freedom of RVE by using 
an adaptive mesh only refined near the contacts 
between yarns. The implementation of this 
methodology for two interlock composites, found in 
the literature, allows the comparison of our results to 
those obtained with a large number of dof. It appears 
that the compromise obtained on accuracy compared 
to the time calculation gain must still be approved by 
a confrontation with experimental data. 

  

Interlock H2 Type of 
elements 

Ex 
(MPa) 

Ey 
(MPa)

Ez 
(MPa) 

Gxy 
(MPa) 

Gxz 
(MPa) 

Gyz 
(MPa) 

Ali Hallal and al. [9] T4+H8 54.82 25.93 7.87 3.22 2.24 2.94 

Numerical simulation on the 
RVE 

T4 57.10 26.40 7.20 2.90 2.30 2.70 

T10 57.01 24.60 7.10 2.81 2.27 2.60 

Table 3: Comparison of predictions with those obtained by Hallal et al. for Interlock H2 

 

Interlock 69  Type of 
elements 

Ex 
(MPa) 

Ey 
(MPa) 

Ez 
(MPa) 

Gxy 
(MPa) 

Gxz   
(MPa) 

Gyz 
(MPa) 

Ali Hallal and al [9] T4+H8 37.23 28.98 8.99 3.41 2.16 4.81 

Numerical simulation on the 
RVE 

T4 32.45 21.40 8.44 2.61 2.15 3.43 

T10 32.80 20.80 8.09 2.80 2.30 3.60 

Table 4: Comparison of predictions with those obtained by Hallal et al. for Interlock 69 
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Abstract 

The focus of this research is on the potential of CNT 
modification for improved electrical resistance 
measurement based strain sensing in CF-epoxy 
composites. It is found that CNT addition enables 
smoother electrical recordings with better 
repeatability over a larger change in electrical 
resistance. Although the electrical conductivity of 
the epoxy resin is improved dramatically through the 
addition of CNTs, this effect is masked by the orders 
of magnitude higher electrical conductivity of the 
CF network. However, the presence of CNTs 
reduces the average CF-CF contact resistance, 
makes the CF-CF contacts more sensitive to strain, 
and leads to a more homogeneous distribution of 
CF-CF contact resistance throughout the CF 
network. The electromechanical behaviour of CF-
epoxy composites, with and without CNTs, is 
characterized by a hysteresis, the origin and 
significance of which are not yet fully understood. 

1. Introduction 

In both carbon fibre (CF) polymer and carbon 
nanotube (CNT) polymer composites, strain can be 
monitored through the measurement of electrical 
resistance [1-6,7-12]. Figure 1 schematically shows 
the change in relative electrical resistance with 
normal elastic tension and compression, for both CF 
and CNT polymer composites. Interestingly, the 
electromechanical behaviour is similar in type in 
tension, but different in type in compression: both 
composites typically show an increase in electrical 
resistance with tension; in compression, however, 
CNT polymer composites show an increase in 
electrical resistance, whereas in CF polymer 
composites the electrical resistance decreases. 
Schulte and Baron were the first to monitor strain in 
CF polymer composites through electrical resistance 
measurements. In their study on failure detection of 
load-bearing fibres in CF epoxy composites through 

the measurement of electrical resistance, they found 
that, even without fibre fracture, the electrical 
resistance varies with the actual strain, and 
concluded that the measurement of electrical 
resistance could be used not only to evaluate the 
integrity of composite structures non-destructively, 
but also to monitor strain in-situ and in real-time [1]. 
For a variety of polymer matrices, fibre architectures 
and loading conditions, other research groups came 
to the same conclusion, e.g. [2-6]. As opposed to 
other non-destructive, in-situ, real-time evaluation 
techniques (e.g.: optical fibre sensors, metallic foil 
strain gages), the electrical resistance measurement 
technique uses an integral part of the material as the 
sensor, i.e. the CFs. This is a major advantage as it 
causes no reduction in mechanical integrity and adds 
no additional elements. In addition the technique is 
comparatively simple in concept. 
Continuous monitoring of strain can benefit the 
long-term reliability of CF based polymer composite 
structures. Key parameters for such monitoring are 
sensitivity and precision of the monitoring 
technique. Given the difference in electromechanical 
behaviour between CF and CNT polymer 
composites, as shown in Figure 1, the present study 
looks at the influence of CNTs on electrical 
resistance measurement based strain sensing in CF 
polymer composites. By comparing the 
electromechanical characteristics of CNT-epoxy, 
CF-epoxy, and CF-CNT-epoxy composites, the aim 
is to evaluate the potential of CNT modification for 
improved strain monitoring in CF based epoxy 
composites. 

2 Experimental details 

2.1 Materials 

The materials used in this study were non-crimp, 
0°/90°-stitched carbon fabrics (SAERTEX 
bidirectional complexes, SAERTEX USA) with 
PAN-based carbon fibres (TENAX HTS40 F13 12K, 
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Toho Tenax Americ, Inc.), a non-modified hotmelt 
epoxy resin system (AKD/LEO 2396, Nanoledge 
Inc.), and a CNT modified hotmelt epoxy resin 
system (AKD/LEO 2397, Nanoledge Inc.) 
containing multi-walled carbon nanotubes 
(MWCNTs) (Baytubes C 150 P, Bayer 
MaterialScience). The MWCNTs were chemically 
modified as described in [13], and mixed with the 
resin through high shear mixing by the supplier of 
the resin systems. The electrical percolation 
threshold was found below 0.1 wt.%. For this, the 
DC volume conductivity as a function of CNT 
content was evaluated according to ASTM D 257, 
using an electrometer and a resistivity test fixture 
(Models 6517A and 8009, Keithley Instruments). 
Thin film samples with CNT concentrations varying 
from 0.1 to 0.5 wt.% were obtained by flat rolling at 
70 °C, followed by degassing and thermal curing. 
The samples were 7 cm in diameter and varied in 
thickness from 1 to 1.5 mm. As shown in Table 1, 
the addition of 0.1 wt.% of MWCNTs increases the 
electrical conductivity of the material by more than 
9 orders of magnitude, whereas the electrical 
conductivities for samples with 0.1 to 0.5 wt.% of 
MWCNTs are in the same range. 

2.2. Sample manufacturing 

Thin resin films of non-modified epoxy (LEO 2396) 
and CNT modified epoxy (LEO 2397), which were 
manufactured through flat rolling at 70 °C, were 
used as obtained. Both CF-epoxy and CF-CNT-
epoxy composites were fabricated by vacuum 
assisted resin film infusion, using films of non-
modified and MWCNT modified epoxy resin for the 
CF-epoxy and the CF-CNT-epoxy specimens, 
respectively. 6 layers of carbon fabric and 7×2 layers 
of resin film were used for a [0/90]3S layup, with the 
outmost CF layers in the direction of the specimen’s 
long side. The layups were cured for 2 h at 130 °C 
and post-cured for 2 h at 200 °C. Heating rates were 
2 °C/min and resin film infusion took place between 
70 and 130 °C during initial heating. Upon cooling, 
the 3.2 mm thick layups were cut into rectangular 
specimens, 140 mm long and 15 mm wide, using a 
diamond saw. CNT-epoxy specimens were obtained 
under the same processing conditions. CNT content 
in CNT-epoxy and CF-CNT-epoxy composites was 
0.3 wt.%, i.e. clearly above the percolation 
threshold, but low to minimize effects on processing. 

2.3. Testing procedure 

The electromechanical behaviour of CNT-epoxy, 
CF-epoxy and CF-CNT-epoxy composites were 

analysed by measuring the change in electrical 
resistance during three-point bending. Using an 
electromechanical testing system (MTS Insight 5, 
MTS Systems Corp.) three-point bending load was 
applied at a constant crosshead displacement of 3 
mm/min up to a maximal load of 700 N, over a 
support span of 90 mm. The corresponding stress-
strain curves for 10 consecutive load cycles are 
shown in Figure 2, for both CF-epoxy and CF-CNT-
epoxy composites. Material deformation seems to be 
elastic in nature, as no apparent damage occurs. The 
specimens were contacted with insulated copper 
wires using conductive silver paint. Electrodes were 
placed symmetrically to the middle length at a 
distance of 70 mm, and the electrode area was kept 
constant. For improved contact with the CF network, 
the area below the electrodes was sanded to remove 
the surface resin layer. Given the difference in 
electromechanical behaviour between CF and CNT 
polymer composites, as shown in Figure 1, the focus 
of this work was on compression. During 
mechanical deformation the change in electrical 
resistance was therefore monitored on the 
compression side. This is schematically shown in 
Figure 3, together with a picture of a CF-CNT-epoxy 
specimen with electrodes. Using a four-wire set up 
with a digital multimeter (Models 2701, Keithley 
Instruments), a constant direct current of 1 mA was 
applied and the resistance was calculated from the 
measured voltage. All specimens were electrically 
insulated from the electromechanical testing system, 
and tests were performed at room temperature. To 
avoid any influence on the resistance measurement, 
no external device was used to record strain. The 
change in electrical resistance is instead presented as 
a function of crosshead displacement of the 
electromechanical testing system, which is 
proportional to strain. 

3 Results and Discussion 

3.1 Electrical resistance change in CF-epoxy and 
CNT-epoxy composites 

Figure 4 shows the change in relative electrical 
resistance with elastic compression, for both CF-
epoxy and CNT-epoxy composites. The CNT-epoxy 
composite shows an increase in electrical resistance 
with strain, whereas the electrical resistance of the 
CF-epoxy composite decreases. This difference in 
type of electromechanical behaviour is in agreement 
with results reported in literature (cf. Fig. 1). As 
expected for a MWCNT concentration (0.3 wt.%) to 
percolation threshold (below 0.1 wt.%) ratio higher 
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than 3, a linear electromechanical behaviour is found 
for the CNT-epoxy composite [14]. As for the CF-
epoxy composite, a plateau is observed at small 
deformation. Upon cooling during sample 
manufacturing, the chemical shrinkage mismatch 
between CFs and epoxy resin leads to an internal 
residual stress field, with the CF being under 
compression and the epoxy resin around the CF 
being under tension. First-time mechanical loading 
might change the internal residual stress field, which 
could explain the constant resistance with small 
deformation, as it is possible that this has no effect 
on the number of CF-CF contacts, the quality of 
these contacts, and the electrical resistance of the 
CFs. A similar electromechanical behaviour (i.e. no 
or little electrical resistance change in CF-epoxy 
composites upon first-time mechanical loading) has 
also been found upon tensile loading, e.g. [3]. As 
will be discussed below, this plateau is observed on 
first loading only and is not seen during repeated 
loading. Past the plateau, the electrical resistance 
decreases linearly with increasing deformation. For a 
crosshead displacement of 5 mm, which, based on 
ASTM D 790, corresponds to a maximal flexural 
strain in the outer surface of around 1.2 %, the 
electrical resistance changes by 0.9 %. In terms of 
electrical resistance change per strain this is in good 
agreement with results reported in literature, e.g. 
[1,4]. The absolute changes in electrical resistance 
for the CNT-epoxy and the CF-epoxy composites, 
respectively, are 30 Ω and 6 mΩ. Given the 
difference in average resistance at zero displacement 
(cf. Fig. 4), however, the relative change in electrical 
resistance is about 10 times higher for the CF-epoxy 
composite. 

3.2 Electrical resistance change in CF-CNT-
epoxy composites 

The electric responses to mechanical deformation of 
CF-epoxy and CF-CNT-epoxy composites are 
compared in Figure 5. Both materials show two 
distinct regimes. As discussed above, the CF-epoxy 
composite initially shows no or little change in 
electrical resistance with deformation. Above a 
displacement of 2 mm (i.e. around 0.5 % maximal 
flexural strain in the outer surface), its electrical 
resistance decreases linearly with increasing 
deformation. In comparison, the electromechanical 
behaviour of the CF-CNT-epoxy composite is 
similar in type in regime 2, i.e. it’s electrical 
resistance decreases linearly with increasing 
deformation, but it is different in type in regime 1, 
where the electrical resistance increases 

considerably. Given the electric response of the 
CNT-epoxy composite shown in Figure 4, it could 
be assumed that the electric response in regime 1 in 
Figure 5 is dominated by the characteristics of the 
CNT modified epoxy resin. This however is 
unlikely, as, compared to the CNT-epoxy composite, 
the increase in electrical resistance at 0.5 % flexural 
strain is more than 3 times higher for the CF-CNT-
epoxy composite. In addition, given the used 
electrical measurement set-up, a change in the 
electrical conductance of the CNT modified epoxy 
matrix in CF-CNT-epoxy composites, could not be 
recorded, as the electrical conductance of the CF 
network is orders of magnitude higher (e.g. at 0.5 % 
flexural strain: 1×100 S in CF-CNT-epoxy vs. 5×10-5 
S in CNT-epoxy). As was already discussed by 
Vavouliotis et al., the effect of CNT modification on 
the electrical conductivity of the polymer matrix is 
masked by the electrical conductivity of the 
continuous CF network [15]. 
In CF-CNT-epoxy composites, however, the CNTs 
not only modify the electrical properties of the 
matrix, but might also influence the contacts 
between CFs and CF tows. Given the sample 
manufacturing technique (i.e. resin film infusion), a 
certain extent of CNT filtration by the CF network 
seems likely, which can increase the number of CF-
CNT contacts. Taking into account the big 
difference between CF tow diameter and average 
length of the MWCNTs (600 µm vs. 10 µm), it 
seems likely that, in the case of CF-CNT-epoxy 
composites, the change in the internal residual stress 
field upon first time mechanical loading can have an 
effect on the overall electrical resistance, as the 
number of CF-CF contacts as well as the quality of 
those contacts change as initial CF-CNT contacts 
along the CFs and at the CF-CF contacts get 
disrupted. Both a decrease in number of CF-CF 
contacts and an increase in the average CF-CF 
contact resistance would lead to an increase in 
overall electrical resistance, which is what is 
observed in regime 1 in Figure 5. As it is the case for 
CF-epoxy, regime 1 type behaviour in CF-CNT-
epoxy is only observed on first loading and is not 
seen during repeated loading. 

3.3 Effect of CNT modification on strain 
monitoring in CF based epoxy composites 

The electric response to repeated mechanical loading 
is shown in Figure 6 for CF-epoxy and in Figure 7 
for CF-CNT-epoxy composites. Following the first 
loading, for which the electric responses are shown 
in Figure 5, and unloading, a representative sample 
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of each material was tested under repeated 
mechanical loading. Both composites show a 
decrease in electrical resistance with increasing 
deformation, without initial plateau (CF-epoxy) or 
initial increase in electrical resistance (CF-CNT-
epoxy). Such a differing behaviour during the first 
load cycle has also been observed in other studies, 
e.g. [16], and, as discussed above, might be 
explained with a change in the internal residual 
stress field upon first time mechanical loading. It is 
interesting to note that although this change at small 
deformation during first-time mechanical loading 
seems to be elastic from a mechanical integrity point 
of view (cf. Fig. 2), it is non-reversible with regard 
to the overall electrical resistance. 
Comparing Figures 6 and 7 it can be seen that CNT 
modification leads to smoother electrical recordings, 
with better repeatability over a larger change in 
electrical resistance. Both the smoother electrical 
recordings and the improved continuous 
repeatability might be explained with a flatter 
distribution in CF-CF contact resistance throughout 
the CF network. A change in electrical resistance 
due to mechanical deformation can be caused by a 
change in the electrical resistance of the CFs and/or 
a change in the average CF-CF contact resistance 
and/or a change in the number of CF-CF contacts 
(i.e. contacts within a CF tow as well as contacts 
between CF tows). The electric response of the CFs 
is likely the same in both CF-epoxy and CF-CNT-
epoxy composites. The larger change in electrical 
resistance in the CF-CNT-epoxy composite can 
therefore be explained by a larger increase in 
average CF-CF contact resistance and/or a larger 
decrease in the number of CF-CF contacts. By 
measuring the electrical resistance of CF-epoxy and 
CF-CNT-epoxy composites as a function of 
electrode distance, it was found that the calculated 
electrical resistivity decreases with increasing 
measuring distance [17]. This could be explained by 
an increasing number of CF-CF contacts (i.e. an 
increasing number of electron conducting paths 
between the electrodes) with increasing measuring 
distance. CNT addition, however, had no influence 
on the slope of the electrical resistivity vs. 
measuring distance curve. It therefore seems that no 
additional CF-CF contacts have been created 
through the addition of CNTs. On the other hand it 
was found that, for a given measuring distance, both 
the in-plane and the through-thickness electrical 
conductivity increased with the addition of CNTs. 
This can be best explained by a reduction in the 
average CF-CF contact resistance. As a result it can 

be concluded that CNT modification leads to, first, a 
lower average CF-CF contact resistance, and, 
second, a more homogeneous distribution in CF-CF 
contact resistance throughout the CF network. In 
addition the presence of CNTs at the CF-CF contacts 
makes the latter more sensitive to strain. Overall, 
this translates to an improved sensitivity (larger 
change in electrical resistance for the same 
deformation) and improved precision (smoother 
recordings and better repeatability) in strain sensing. 
In both materials, the electromechanical behaviour is 
characterized by a hysteresis, the reason for which 
might be the viscoelasticity of the polymer matrix. 
As the material reacts to changes in the external 
stress field, its internal strain field at each load-level 
might be different in loading and unloading. As a 
consequence, for a given compressive deformation, 
the forces acting on CF-CF contacts would be lower 
during loading than they are during unloading. The 
corresponding average contact resistances would 
then be higher during loading, which would lead to a 
higher overall electrical resistance, as is observed for 
both materials. In the stress-strain curves in Figure 
2, the viscoelasticity of the epoxy matrix is masked 
by the mechanical properties of the load-bearing 
CFs. With regard to the width of the hysteresis, there 
seems to be no apparent difference between the two 
materials. More research is needed to understand 
both origin and significance of this characteristic. 

4 Conclusions 

Continuous strain monitoring in CF based polymer 
composites can provide instant information on 
loading conditions inside structures, as well as assist 
the long-term reliability evaluation. The electrical 
resistance measurement technique enables non-
destructive, in-situ strain monitoring in real-time. 
Given the difference in electromechanical behaviour 
between CF polymer and CNT polymer composites 
(cf. Fig. 1) the motivation for this work was to 
evaluate the potential of MWCNT modification for 
improved electrical resistance measurement based 
strain sensing in CF epoxy composites. 
It is found that CNT modification, first, leads to 
smoother and more repeatable electrical recordings, 
and, second, almost doubles the overall change in 
relative resistance. Both the smoother recordings and 
the improved repeatability are attributed to a more 
homogeneous distribution in CF-CF contact 
resistance throughout the CF network, which is due 
to the presence of CNTs at the CF-CF contacts. The 
larger relative electrical resistance change for the 
same deformation is explained with the interruption 
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of CF-CNT connections at the CF-CF contacts, 
which leads to an improved sensitivity of the CF-CF 
contacts. As a result it is concluded that CNT 
modification can improve both sensitivity (larger 
change in electrical resistance for the same 
deformation) and precision (smoother recordings 
and better repeatability) in electrical resistance 
measurement based strain sensing in CF based 
polymer composites. 
Although the electrical conductivity of the epoxy 
resin is improved dramatically through the addition 
of the CNTs, this effect is masked by the orders of 
magnitude higher electrical conductivity of the CF 
network. The CNTs therefore influence the 
electromechanical behaviour primarily through a 
change in the distribution and the average value of 
CF-CF contact resistance. It is important to note that 
these results were obtained by tracking the electrical 
resistance on the compression side during three-
point bending of cross-ply specimens. Given the 
mechanisms behind the improvements in sensitivity 
and precision, however, it is likely that the same 
conclusions also apply to other fibre architectures 
and loading conditions. 
Finally, the electromechanical behaviour in both CF-
epoxy and CF-CNT-epoxy composites is 
characterized by a hysteresis. It is argued that this 
might be due to the viscoelasticity of the polymer 
matrix. More research, however, is needed to 
understand both origin and significance of this 
characteristic. 
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Fig. 1: Schematic comparison of relative resistance 
change in CF polymer composites (solid line) and CNT 
polymer composites (dashed line), for both normal elastic 
compression and tension, R0 being the resistance at zero 
strain. Examples of references are given in the figure.  
 
Table 1. Electrical conductivity, σ, as a function of 
MWCNT content, w, in epoxy resin. Reported values 
are averages over three samples. 

w [wt.%] 0 0.1 0.3 0.5 

σ [S/m] 2×10-14 5×10-5 4×10-4 9×10-4 

 

 
Fig. 2: Stress-strain curves for 10 consecutive load cycles 
up to 700 N, for both CF-epoxy and CF-CNT-epoxy 
composites. The excellent repeatability shows that 
material deformation is elastic in nature. For both type of 
materials, and three or more samples tested, first fibre 
fracture occurred at loads above 1000 N. Stress in the 
outer surface at midpoint, and maximal strain in the outer 
surface were calculated according to ASTM D 790. 

 
Fig. 3: Picture of a CF-CNT-epoxy specimen with 
electrodes and schematic representation of three-point 
bending test, with all corresponding dimensions. 
 

 
Fig. 4: Change in relative electrical resistance with elastic 
compression for both CF-epoxy (average over 5 samples) 
and CNT-epoxy composites (representative sample). The 
average resistances at zero displacement, R0, were 7×10-1 
Ω and 2.3×104 Ω for the CF-epoxy and the CNT-epoxy 
samples, respectively. 
 

 
Fig. 5: Change in relative electrical resistance with elastic 
compression for both CF-epoxy and CF-CNT-epoxy 
composites. Reported are average values over 5 
specimens. 
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Fig. 6: Change in relative electrical resistance of a CF-epoxy specimen under elastic compression, for 9 consecutive load 
cycles (a), and the last 3 load cycles (b). The load cycle numbers are given in the legend. The arrows in (b) indicate loading 
and unloading. The corresponding stress-strain curves are given in Fig. 2. 
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Fig. 7: Change in relative electrical resistance of a CF-CNT-epoxy specimen under elastic compression, for 9 consecutive 
load cycles (a), and the 6 last load cycles (b). The load cycle numbers are given in the legend. The arrows in (b) indicate 
loading and unloading. The corresponding stress-strain curves are given in Fig. 2. 
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1 Introduction  

Nano carbon materials such as carbon nanotubes 

(CNTs), carbon nanofibers (CNFs), and graphene 

have been promising reinforcements for light 

metallic matrices due to their excellent specific 

strength, specific modulus, and thermal and 

electrical conductivities [1-3]. However, fabrication 

of nano carbons reinforced metal matrix composites 

(MMCs) is very challenging due to their poor 

wettability [4]. Because of the difficulties in 

introducing carbon materials into metal melts, most 

work used powder metallurgy (PM) routes [5]. 

When fabricating nano carbons reinforced metal 

matrix composites (MMCs), they are critical issues 

to disperse the nano carbons in metallic melt and to 

maintain the stability of nano carbons under 

atmosphere due to strong reactivity of carbon with 

oxygen. In order to improve the stability of nano 

carbons and the wettability between nano carbons 

and metallic melt, Nano carbons have been coated 

with metal and/or oxide [6].  

The squeeze casting process, one of the conventional 

casting methods for composites, has merits such as 

high productivity and easiness for near-net-shape 

fabrication, but it has shortcomings of poor 

reliability, requirement of high-pressure loading of 

50 MPa or more in order to fabricate high volume 

and ultra-fine particles reinforced metallic 

composites by enhancing the wettability between 

reinforcements and matrix. To fabricate effectively 

the metal matrix composites reinforced with nano 

carbons, it is thus necessary to introduce new-

concept fabricating process, one of which is a liquid 

pressing process [6-7] using relatively low pressure 

near to the theoretically required minimum loading 

pressure. In the process, it is possible to fabricate 

large and thin-plate-type composites and control the 

microstructure and phase of the matrix. 

In this study, nano carbons reinforced aluminium 

alloy (A356) composites have been fabricated 

successfully by the uniform mixture of nano carbons 

(CNFs) and SiC particles (SiCp) and the unique 

casting method of liquid pressing process. The CNFs 

and SiCp were uniformly mixed by wet mixing 

process with surfactant. Microstructure of the 

composites has been analyzed. The mixture of CNFs 

and SiCp were dispersed homogeneously in the 

matrix. Their mechanical properties have also been 

evaluated by tensile and compressive tests. 

 

2 Experimental 

The vapor grown carbon nanofibers (CNFs) supplied 

by Showa Denko (Japan) were used as the 

reinforcements. Also, silicon carbide particles 

supplied by Nilaco (Japan) were additional 

reinforcement. A356 aluminium alloy was a matrix. 

Physical and mechanical properties of CNFs, SiCp 

and A356 were summarized in table 1.  
 
Table 1 Physical and mechanical properties of CNFs, SiCp and 

A356. 

Materials Density 

Elastic 

Modulus 

[GPa] 

Tensile 

Strength 

[MPa] 

Diameter 

[nm] 

Length 

[m] 

CNF 2.0 
240 ~ 

400 
3,000 150~200 ~10 

SiCp 3.21 430 - - 0.5 

A356 2.69 72 220 - - 
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Fig. 1. SEM images of (a) as-received CNFs and (b) silicon 

carbide particles (SiCp). 
 
The uniform mixture of CNFs and SiCp was 

prepared by simple sonication process with 

surfactant. Firstly, the ethanol suspension (1 L) of 

carbon nanofiber of 25.0 g was prepared by 

sonication for 30 min. After preparing the CNFs 

suspension, silicon carbide particles of 79.25 g were 

added and then sonicated again for 30 min. Finally, 

25.0 g of cetyltrimethylammonium bromide was 

added and mixed by sonication for 1 hr. The mixture 

of CNFs and SiCp was obtained by filtrating 

suspension, washing by ethanol, and drying in 

vacuum oven for 12 hrs. 

 

The CNFs and SiCp reinforced A356 composites 

were fabricated by the liquid pressing process [6-7]. 

The mold interior was sized by diameter  120 mm 

× thickness t 10 mm. The CNFs and the prepared 

mixture of CNFs and SiC particles were inserted 

with A356 master alloy plates into the mold, 

degassed, and evacuated by a mechanical vacuum 

pump. The mold was heated to 750
o
C, held for 5 

minutes, and then pressed under a pressure of below 

20 MPa. The fabricated composites were sectioned, 

polished for scanning electron microscope (SEM) 

observations. The composites were also machined 

into sub-sized dog-bone and rectangular shape 

specimens for tensile and compressive tests. 

 

3 Results and discussion  

Table 2 shows the list of the wetting angle between 

aluminium melt and various reinforcements of 

oxides, carbides, and carbon. The wetting angle 

between carbon and aluminium is 157
o
 at 800 

o
C. At 

the melt temperature of 750 
o
C which is processing 

temperature of aluminium alloy, the wetting angle 

between carbon and aluminium is over 160
o
. The 

poor wettability of carbon by aluminium is most 

critical obstacle in casing route to fabricate the nano 

carbons reinforced aluminium composites. The 

aforementioned problems of the dispersion of carbon 

nanoparticles in metallic melt and the stability of 

nano carbons under atmosphere due to strong 

reactivity of carbon with oxygen are also critical 

issues. These all factors make the fabrication of the 

carbon nanoparticles reinforced aluminium alloy 

matrix composites a difficult task, and result in poor 

mechanical properties.  

 
Table 2 list of the wetting angles between aluminium melt and 

various reinforcements. [8] 
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3  

ENCHANCEMENT OF MECHANICAL PROPERTIES OF CAST NANO 

CABONS REINFORCED A356 ALUMINIUM MATRIX COMPOSITES 

Carbides such as silicon carbide (SiC) and titanium 

carbide (TiC) is also not wettable with aluminum 

melt, but the wetting angle between the carbides and 

Al melt is lower than that of carbon. It is anticipated 

that mixing process of SiCs and/or TiCs with nano 

carbons can be a simple and effective route to 

overcome the problem of casing process to make the 

carbon nanoparticles reinforced Al matrix 

composites. 

Fig. 2 shows the compaction and infiltration 

mechanism of non-wettable (wetting angle > 90
o
) 

reinforcing particles in metallic melt. As pressure 

applied in the melt, the particles are compacted and 

the volume fraction increases. Above the critical 

infiltration pressure, the metallic melt is infiltrated 

into the gap among the compacted particles, and 

then the particles are swelled.   

 

 

 
 

Fig. 2. Schematics of compaction and infiltration mechanism of 

non-wettable reinforcing particles in metallic melt. 

 
 

Fig. 3. Calculated results of minimum infiltration pressure of 

aluminium alloy melt into nano carbon preforms as functions of 

surface tension, particle size at wetting angle of 150o and 

wetting angle at particle size of 15nm.  
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Fig. 3 shows the results of minimum infiltration 

pressure of aluminium alloy melt into nano carbon 

preforms. From preliminary experiments of fraction 

of the preform of nano carbons increased 

approximately 55% due to compaction by applied 

pressure. In case of a change in particle size, the 

minimum infiltration pressures of CNTs (15nm) and 

CNFs (150nm) were about 90MPa and 9MPa, 

respectively. As a decrease of wetting angle of 110
o
, 

the infiltration pressure decreased from 90MPa to 

35MPa. The decrease of minimum infiltration 

pressure was relatively small by the change of 

surface tension. 

 

 

 
 

Fig. 4. SEM images of mixture of CNFs and SiCp at (a) low- and 

(b) high-magnification. 

 

 

 
 

Fig. 5. SEM images: (a) and (b) CNFs reinforce A356 

composite; (c) and (d) CNFs + SiCp reinforced A356 composites. 
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5  

ENCHANCEMENT OF MECHANICAL PROPERTIES OF CAST NANO 

CABONS REINFORCED A356 ALUMINIUM MATRIX COMPOSITES 

Table 3. Mechanical properties (elastic modulus, tensile strength, 

and compressive strength) of CNFs and SiCp reinforced A356 

composite comparing with A356 alloy. 

 

 
 

Fig. 4 (a) and (b) show low and high magnification 

SEM images of mixture of CNFs and SiCp. 

Entanglements of as-received CNFs were dispersed 

and separated by the piece and CNFs and SiCp are 

also uniformly distributed.  

Mixture of CNFs and SiCp reinforced A356 

composite was fabricated by the liquid pressing 

process. Also, only CNFs reinforced composite was 

fabricated to verify the feasibility of liquid pressing 

process and to compare the soundness of 

microstructure and the mechanical properties. Fig. 5 

(a) and (b) show low and high magnification SEM 

micrographs of only 10 vol. % CNFs reinforced 

A356 composite. There were lot of CNFs clusters 

and most CNFs were not wetted with aluminium 

alloy even though small amount of alloy melt was 

infiltrated into some CNFs cluster. Fig. 4 (c) and (d) 

show low and high magnification SEM micrographs 

of 10 vol. % CNFs and 10 vol. % SiC reinforced 

A356 composite. The reinforcements of CNFs and 

SiCp were uniformly dispersed and homogeneously 

distributed in the aluminium matrix. The defects 

formed by misinfiltration or reaction products 

formed by interfacial reaction at fiber/matrix 

interfaces are hardly found. The physical and 

mechanical properties were summarized in Table 3. 

The elastic modulus of composite of 104 GPa is 

about 50% higher than that of A356 alloy. Also, the 

compressive strength was also much higher from 

CNFs and SiCp reinforcements, even though the 

tensile strength was increased slightly. 

 

4 Summary  

Nano carbons reinforced aluminium (Al) alloy 

composites have been fabricated successfully by the 

uniform mixture of nano carbons and SiC particles 

and the unique casting method of liquid pressing 

process. The CNFs and SiCp were uniformly mixed 

by wet mixing process coupled with surfactant. In 

liquid pressing process, Al alloy melts have been 

pressed hydrostatically and infiltrated on nano 

carbons surfaces. Microstructures of the composites 

have been analyzed. The mixture of CNFs and SiCp 

were dispersed homogeneously in the matrix. The 

modulus and strength of the composites were 

improved by the reinforcement of CNFs and SiCp. 
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1 Introduction  

Recently, since the use of electronic devices rapidly 

increases, GHz electromagnetic (EM) waves are 

increasingly applied in various applications due to 

the saturation at lower frequency bands. At the same 

time, these electronic devices are getting smaller and 

thinner. In these applications, recent issues of the 

high-frequency electromagnetic waves are 

electromagnetic interference (EMI), noise generation 

and reduction of harmful waves to human body. In 

particular, it has been well-known that these waves 

do damage to the human body and electronic devices 

resulting in malfunctions.  

 

With these increased usages of electronic devices, 

much attention has been paid to avoiding EMI 

between the electrical component and signal source. 

In near-field (kr≪1), where k is wavenumber and r 

is the distance from an EM wave source to detectors, 

it is very essential that signal integrity should be 

maintained and concurrently noise should be 

reduced [1]. To suppress only the EM noise and 

signal interference, loss generation by magnetic 

resonance has been utilized. The EM noise 

suppression can be performed more effectively by 

the absorption mechanism using the magnetic loss 

than by simple shielding.  

 

Composite magnetic films have been applied as an 

EM wave absorber in near-field application. These 

films for EMI shielding or noise suppressing usually 

comprise semi-hard magnetic powder of a magnetic 

metal alloy having a high coercive force and an 

organic reagent or polymeric material for binding 

the magnetic powder [2]. However, since these 

particles such as Fe-Si-Al flakes are very heavy, it is 

difficult to fabricate lightweight EM absorbers.  

 

Several studies have been performed on the 

fabrication of lightweight magnetic metal particles. 

Kim [3] proposed hollow ceramic microspheres 

plated with a Co-Fe thin layer. An average diameter 

of the microspheres was about 70μm and the 

thickness of metal layer was approximately 2μm. 

Wei [4] prepared hollow glass spheres coated with 

Fe3O4 films by a ferrite plating method. Jiang [5] 

prepared Ni/polymer spheres using polystyrene 

particles as templates by an ultrasonic electroless 

plating method and a subsequent heat treatment. The 

hollow metal fibers were also fabricated by 

employing an electrospinning [6], 

impregnation/thermal treatment [7], and electroless 

plating method [8, 9].  

 

In our previous work, we have proposed a hollow 

magnetic fiber as lightweight magnetic filler for EM 

wave absorbers [10]. However, this filler also has 

some limitations, for instance, difficulty in 

increasing the concentration in the polymer matrix 

due to the low processability resulting in an 

insufficient EM absorbance. 

 

In order to overcome such limitations, Fe-deposited 

reduced grapheme oxide (rGO) as auxiliary 

magnetic filler. It is also expected that the filler can 

give a clue to fabricate lightweight EM absorbers. In 

addition, the filler orients at in-plane direction inside 

the composite film due to the 2D structure 

originating from the rGO. This orientation can 
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enhance the absorbing property of the composite 

films compared to the films with randomly-

distributed Fe particles. In this work, we will 

investigate the effect of Fe-deposited rGO or the 

hybrid filler system with conventional magnetic 

particles on the near-field EM absorbing 

performance.  

 

2 Experimentals 

2.1 Fabrication of Fe-deposited rGO  

Graphene oxide (GO) was prepared by modified 

Hummers method. 100mg of GO was added to the 

100ml of deionized (DI) water and treated by a 

sonication. 54 mg of FeSO4 was dissolved in 50ml of 

DI water and this solution was poured to the aqueous 

GO solution and stirred for 12 hours at room 

temperature. Next, NaBH4 was added to the mixture 

to reduce the Fe ion and GO. After the reduction, the 

solution was filtered and washed with an excess 

amount of water. The remnant was dried at a 

vacuum oven. The samples were thermally treated 

under the condition of 500°C and Argon atmosphere 

for 2 hours. 

 

2.2 Composite films with Fe-deposited rGO  

A hollow magnetic fiber consisting of an inner layer 

of nickel (Ni) and outer layer of iron-cobalt (Fe-Co, 

atomic ratio 5:5) was used as primary magnetic filler 

[10]. For a comparison, Fe nanoparticles were 

fabricated by the same method as Fe-deposited rGO. 

Hybrid composite films including Fe-deposited rGO 

and the hollow magnetic fibers were fabricated by a 

doctor blade with different thicknesses. Firstly, the 

mixtures of a binder resin, hollow magnetic fiber 

and Fe-deposited rGO were processed by a three-

roll-milling for better dispersion followed by being 

cast on the easy-off substrate film. Filler 

concentrations of the hybrid composite films were 

listed in Table 1.  

 

Table 1. Compositions of the hybrid composites 

 

Materials 1 2 3 

Binder resin 50 48 48 

Hollow magnetic fiber (HF) 50 50 50 

Fe-deposited rGo (GO/Fe) - 2 - 

Fe particle (Fe) - - 2 

2.3 Characterizations 

FE-SEM/EDS were used for the observation of 

surface morphology and their element composition 

of Fe-deposited rGO. X-ray diffraction (XRD) 

patterns of the filler were obtained to investigate 

phase composition and degree of phase change using 

Cu Kα radiation with a voltage of 40 kV and a 

generator current of 40 mA (Rigaku, D/max 2200). 

The scanning rate and the interval were 5°/min and 

0.02°, respectively. 

  

Saturation moment, remnant moment and coercive 

force of the filler were measured by a vibrating 

sample magnetometer (VSM). In order to near-field 

EM power loss in the frequency range of ~8GHz 

was evaluated by a micro strip line (MSL) [1]. 

Figure 1 shows the schematics of the measurement 

system. 

 

Microstrip line

Magnetic material

 
 

Fig. 1. Schematics of the near-field EM wave absorbing device 
 

3 Results and Discussion  

In general, the synthetic route of graphene can be 

mainly categorized by two methods: dry and wet 

process. In case of the dry processes such as 

chemical vapor deposition (CVD) and epitaxial 

growth, some researchers have already reported that 

nearly 30-inch graphene films can be grown on the 

metallic substrates of Ni and copper (Cu) under a 

high temperature condition. However, these kinds of 

method are not cost-effective and the yield is low. 

Moreover, they are not suitable for mass production.  

 

Since a wide range of potential applications 

including graphene has been considered, more 
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economical and more facile fabrication method for 

graphene is a solution-based method. The method is 

an attractive technique, in particular, for the 

production on a large scale. Typical solution-based 

method can provide a large amount of GO which is 

made from low-priced graphite particles by a 

chemical oxidation/exfoliation. GO can be changed 

into rGO by chemical or thermal treatments. In 

addition, GO retains several active functional groups 

(Epoxy, hydroxyl and carboxylic acid etc.) on which 

some particles can be deposited.  It can be also 

dispersed homogeneously in the polymeric materials 

due to the functional groups.  

 

Fig. 2 shows the surface SEM images of Fe-

deposited rGO with different reducing reaction times. 

According to the results, the growth of Fe 

nanoparticles on the surface of rGO after adding the 

reducing agent was observed. It is probable that the 

growth on the surface is attributed to the 

electrostatic interaction between the positive charge 

of Fe ion and the negative charge of carboxylic acid 

of GO. The size of the Fe nanoparticles was 

approximately 15~60nm. It was seen that the 

nanoparticles were uniformly deposited on the basal 

plane of rGO. EDS analysis confirmed that the 

nanoparticles were Fe and Fe oxide.  

 

 
 

Fig. 2. SEM micrographs and EDS of Fe-deposited rGO with 

different reducing reaction times:  (a) 30 min, (b) 90 min, (c) 

120 min and (d) EDS of (c). 

 

The XRD patterns of Fe-deposited rGO before and 

after heat treatment are shown in Figure 3. The heat 

treatment is capable of crystallizing the amorphous 

Fe portion as well as reducing the substrate GO. On 

the other hand, it can induce the oxidation of Fe. 

Diffraction peaks at 2 theta values of 30.0°, 35.4° 

and 62.5° of the sample (Figure 3(a)) correspond to 

the oxidized Fe reflection; Fe2O3 and Fe3O4. 2 theta 

values of 44.5° and 82.5° correspond to the Fe 

reflection. In figure 3(b), the peak intensities of the 

oxidized form were increased and all of the peaks 

were sharper. From the XRD analysis, it is expected 

that heat treatment increases the amount of the 

oxidized phases and also fortified their crystalline 

structures. The crystalline can improve the magnetic 

properties of the Fe-deposited rGO.  

 

 
Fig. 3. XRD patterns of Fe-deposited rGO; (a) before heat 

treatment and (b) after heat treatment. 

 

The saturated magnetic moments of the Fe-deposited 

rGO with 120 min reaction time and neat rGO were 

measured by a VSM. The paper samples of neat rGO 

and Fe-deposited rGO for VSM were prepared by a 

vacuum filtering method. Fig. 3 shows the profiles 

of the magnetic moment of the samples. Neat rGO 

had no magnetic property throughout the external 
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magnetic field as expected. In case of Fe-deposited 

rGO, the saturated magnetic moment was around 3 

emu/g and the remnant coercive force from the 

hysteresis was very low. Because the Fe particles 

were deposited on the rGO, the slightly higher 

saturated magnetic moment than that of neat rGO 

was observed. However, since very small amount of 

nano size Fe particles on the rGO was sparsely 

deposited, the magnetic properties themselves were 

considered as negligible.  

 

 
 

Fig. 4. Magnetic moments of rGO and Fe-deposited rGO 
 

The thin film composite absorbers with different 

filler systems shown in Table 1 were fabricated to 

measure the near-field absorbing property. Figure 5 

shows the images of fabricated composites cut in 

50mm x 50mm. The thicknesses of all of the films 

were approximately 110μm. 

 

 
 

Fig. 5. Picture of the fabricated composite absorbers 

 
 
Fig. 6. Power losses of the film type composite absorbers by 

measured by MSL. 
 

The near-field absorbing property of the composite 

films was evaluated by a power loss divided by input 

power from 500MHz to 6GHz. The power loss/input 

power was calculated by the equation shown below. 

 

Ploss/Pin=1-([S21]
2
+[S11]

2
)
 

(1) 

 

 where S21 and S11 are scattering parameters of the 

reflection and transmission, respectively.  

 

The results were shown in figure 6. MSL means the 

power loss without any absorber. The power loss of 

the reference absorber with only hollow magnetic 

fiber was measured at ~0.5 at 6GHz. This implies 

that 50% of the input power was absorbed by the 

film. As seen in the figure, the power loss of the 

hybrid filler (HF+Fe nanoparticles) was 0.53. This 

slightly increase indicated that the randomly 

distributed Fe nanoparticles in the polymer matrix 

have negligible effect on the improvement of the 

absorber with the hollow magnetic fibers. The film 

absorber with the hollow fiber and Fe-deposited rGO 

showed the highest power loss and the value (~0.8 at 

6GHz) was dramatically increased. This result 

indicates that Fe-deposited rGO which were aligned 

on in-plane direction throughout the film can play a 

role in connecting the magnetic field originated from 

the signal among the hollow fibers. From the result, 

it is expected that Fe-deposited rGO is a good 
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secondary magnetic filler for improving the near-

field composite absorber.  

 

4 Conclusion  

In order to increase the efficiency of near-field 

absorbers with only hollow magnetic fibers, it is 

expected that a continuous network inside the 

absorber is necessary. Fe nanoparticles deposited on 

the graphene oxide were newly fabricated to 

interconnect the hollow magnetic fibers in the matrix. 

According to the experimental results, it is probable 

that Fe-deposited rGO act as a subsidiary magnetic 

network resulting in high power loss.  
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1 Introduction  

Shape memory polymers (SMPs) are smart materials 

that can recover a pre-determined permanent shape 

from a temporarily fixed shape upon external stimuli 

such as heat, pH, light, electric fields, etc. General 

SMPs show one-way actuation behavior, i.e., upon 

external stimuli they recover the permanent shape, 

but subsequent applied stimuli do not induce the 

shape change of SMP into the temporary one. In a 

certain situation (under bias load), two-way 

actuation behavior can be observed [1], i.e., 

subsequent stimuli bring about another temporary 

shape. This phenomenon was demonstrated through 

smart composites of elastomer and shape memory 

polymer [2]. Various applications have been 

developed using SMP, among which smart surfaces 

have attracted much attention from materials 

scientist and process engineers [4] because surfaces 

can be modified effectively using the shape change 

of SMPs. In this study we investigated how the 

microstructural morphologies of patterned surfaces 

using SMPs are changed according to stimuli and 

also whether smart adhesion (e.g., in-situ tunable 

adhesion) can be realized in such patterned surfaces.  

The adhesion of dusts or pollutant to solid surfaces 

is often determined by their wettability. The 

wettability of a surface can be sophisticatedly 

controlled, demonstrating self-cleanable surface, 

which can be broadly applied to develop smart 

electronic cases, furnishings, garments etc. [3]. Most 

of studies for this self-cleanable surface have been 

carried out relying on the chemical modifications 

(functional groups) of surfaces. In this study, we 

used SMPs to develop smart composite surface, the 

adhesion of which can be controlled in in-situ 

manner, i.e., upon stimuli applied, the adhesion of 

the surface is weakened so as to be easily taken 

away from the substrate, otherwise its adhesion is 

strong enough to sustain the environmental 

conditions. In followings, we discuss efficient 

methods for preparing such smart surfaces with 

tunable actuation behavior, patterning their surfaces, 

and characterizing in-situ tunable adhesion.  

 

2 Experimental 

2.1 Materials 

To prepare SMP film, poly(cyclooctene) (PCO, 

Evonik Industries Vestenamer 8012) and dicumyl 

peroxide (DCP) (>98% purity, Aldrich) were used as 

received without any further purification (see Fig. 1 

for the chemical formula).PCO (10wt%) and DCP 

(0.2wt%) were dissolved in toluene and stirred for 

24h at 80℃ . The solution was dried in hood, 

obtaining uniformly mixed compounds. 

 

2.2 Micro-patterning of SMP film surface 

In order to fabricate poly(dimethylsiloxane) (PDMS,  

sylgard 184A) replica mold, a master mold was 

prepared to manufacture a pillared surface. The 

prepolymer of PDMS and the curing agent (sylgard 

184B) were mixed at a weight ratio of  10:1 and 

stirred for uniform mixing. The mixture was then 

poured to the master mold. To remove bubble, it was 

defoamed in the vacuum chamber for 30 minutes 

under mTorr pressure condition. The defoamed 

PDMS was cured at 100 ℃ for 30 min. The cured 

PDMS replica mold was then detached carefully 

from the master mold without any damages. 

Prepared PCO-DCP compound was melted at 80 ℃, 

poured into the PDMS replica mold and pressed to 

fill the gap between the mold and the compound. It 

was heated to 180 ℃ for 30 min to cure the PCO-

DCP compound. The cured PCO was then detached 
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from the replica mold carefully. Finally, the SMP 

film with pillared surface was fabricated. 

 

2.3 Characterization of actuation behavior 

To characterize the shape memory behavior of the 

patterned surface on the smart composites, first, the 

SMP films with micro pillars were heated and 

loaded at a slant angle (see Figure 2 for detailed 

diagram). The SMP films were then cooled to fix the 

pressed pillars on the composite surface. Finally, the 

SMP films were heated again to recover the original 

shape of the pillar. These procedures were carried 

out in an environmental scanning electron 

microscope (ESEM).  

To characterize the shape memory behavior of 

individual micro-pillar made of the SMP, pillars 

were detached from the surface and tested using 

modified shape memory method as shown in Fig.3.  

This test was carried out in a micro-indenter 

equipped with heating device and nanoindentor.  

In-situ tunable adhesion behavior of the composite 

surface was also characterized within a thermo-

mechanical tester (built in laboratory). The adhesive 

force was measured during the thermo-mechanical 

testing cycle to investigate the tunable behavior of 

the smart composite surface. 

 

2.4 Thermo mechanical properties 

The optical microscope, scanning electron 

microscope (SEM) and the atomic force microscope 

(AFM, XE100, Park Systems) were used to 

characterize the morphology of the smart surface.  

Differential scanning calorimetry (DSC, 823E, 

Mettler Toledo) was used to analyze the thermal 

properties of of PCO-DCP bulk compounds. The 

heat flow of the bulk compound was measured from 

0 ℃ to 200 ℃ during two cycles. 

The thermo-mechanical behavior of the SMP was 

characterized using a tensile tester with an 

environmental chamber. The tester used in this study 

includes all four steps in the conventional shape 

memory test in Fig. 4. The sample was heated to 

60 ℃ and elongated 40 %. Under a fixed strain of 

40 %, the sample was cooled to 20 ℃. When the 

load was released, some shrinkage took place but a 

temporary shape was formed. Lastly, the samples 

were heated to 60 ℃ while maintaining zero-load 

recovery, resulting in the sample’s retraction to the 

memorized permanent shape. During the thermo-

mechanical test, the shape fixity and the recovery 

rates were evaluated by the following equations 

Fixity(%) = 100u

m




  (1) 

Recovery(%) = 100
m p

m

 




  (2) 

 

2.5. Contact angle measurement 

The wettability of the micro-patterned surfaces on 

the SMP was evaluated by measuring the contact 

angle (CA). Static CA measurement employing a 

drop method was carried out using a laboratory-

made goniometer. As the patterned surface was 

thermally programmed frompermanent, to temporary 

shape, the contact angles were measured. 

 

2.6 Characterization of adhesive behavior 

The adhesive strength of the composite surface was 

measured using a single lab shear adhesion test 

method. To minimize the effect of the surface 

roughness, the flat slide glass was used as an 

adhesion substrate. The slide glass was cleaned with 

following threde steps to remove contaminants. First, 

it was cleaned with acetone with sonication. It was 

then washed with ethanol with sonication. Finally it 

was cleaned with IPA with sonication. After that the 

slide glass was gently blown by the nitrogen gun to 

remove residual solvent. 

After placing the SMP film with micro-pillared 

surface on a slide glass, it was heated to 80 ℃ to 

melt the crystalline segment of the SMP and pressed 

with a pressure of 20, 40, 60 N/cm2 to make contact 

surface between the SMP  and the cleaned slide 

glass. Under the constant stress condition, it was 

cooled to room temperature. The sample was 

transferred to an oven chamber with temperature of  

30 ℃ and was stored for 1 h before the adhesion test. 

The prepared sample was loaded at a constant 

displacement rate of 2 mm/min until complete 

fracture occurs, during which  the load and 

displacement were recorded. The pull-off strength 
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was calculated from /pF A   , where 
pF   and A 

represent the peak load and cross-sectional area (10 

mm    10 mm), respectively.  

In order to ensure the reliability, all of experiments 

were performed seven times, among which five data 

were selected to calculate the mean and standard 

deviation of pull-off strength. The schematic 

diagram of this experiment was presented at Fig. 3 

 

3 Results and Discussion 

To determine the transition temperature of SMP, its 

thermal behavior was analyzed through DSC. Fig. 5 

showsthat the melting peak of pure PCO was 

observed at 56 ℃ and the curing temperature was 

determined to 176 ℃ in first heating process. It can 

be confirmed that the crystallization temperature of 

the switch segment of SMP was 21 ℃ in first 

cooling process and the melting temperature of 

cured PCO was observed at 42 ℃ in the second 

heating. Comparing the melting temperature and 

enthalpy of fusion between pure PCO and cured 

PCO, the melting peak was shifted to lefthand side 

and the enthalpy of fusion decreased after curing 

process. In case of pure PCO (without curing 

process), the chain mobility is high. For the samples 

with high crosslink density, the polymer chains are 

restricted against diffusion and conformational 

rearrangement. As a result, the total degree of 

crystallinity and the size of crystal was reduced as 

the contents of the DCP increased. The formeris 

related to the decreasing of enthalpy of fusion. The 

latter inferred from the left-shifting of the melting 

temperature (see Fig.6). Using the above results, low 

temperature for the crystallization was set at 10 ℃, 

while the high temperature for melting was set at 

60 ℃. To characterize the shape memory property of 

the cured PCO, the conventional one-way shape 

memory test was conducted (see Fig. 7 for detailed 

results). The first strain was set to 40%. The fixity 

and the recovery ratio were calculated as 91.8% and 

93.5%, respectively, confirming that the cured PCO 

has excellent shape memory performance.  

. Cured PCO exhibits strong adhesion to the 

substrate when it was heated and pressed. PDMS 

with low surface energy was used as a replica mold. 

As a result, the SMP films with wall and pillar 

pattern on surface were manufactured without being 

damaged when the sample was detached from 

replica mold. The optical image of the surface is 

shown in Fig.8.(a). The top and bottom were formed 

periodically, and the distance between top is 

approximately 1.5 μm. To investigate precise 

surface morphology, AFM was used (see Figure 

9).The defects, which were not observed in the 

optical microscope,  were shown in Fig. 9 (b). 

Fig.9.(c) shows that the distance between top is all 

the same (1.5 μm). The height of the wall was about 

100 nm. 

Figure 10 shows SEM images of the SMP films with 

micro-pillared surface (2um interval). To confirm 

the shape memory properties of the micro-pillars on 

SMP film surface, a modified shape memory test in 

Figure 2 was conducted. Figure 11 shows the optical 

images of each step of the test procedures. As shown 

in Figure 11 (a), the micro-pillars were uniformly 

fabricated on the smart surface. The micro-pillars 

were deformed and fixed (see Figure 11 (b)). Finally 

it was recovered to the original shape upon heating 

(Figure 11 (c)). We observed that a portion of pillars 

couldn’t be recovered for large force case. We are 

investigating deformation limits (and thus force 

limit) that can ensure the complete recovery of the 

micro-pillars under various forces and tilted angles.  

To characterize the force limit of individual SMP 

pillar, the shape memory test was conducted for the 

pillar. The pillar was compressed with a nano-

indenter in SEM (see Fig. 10). The stress-strain 

curve was presented in Fig. 11. 

The morphological effect on surface wettability was 

investigated by measuring the contact angle. Fig.14 

shows that the contact angles increased as the micro-

pillars were more densely introduced. Note that the 

surface area of the SMP film was increased by the 

micro-pillars [5]. Fig. 15 shows that the contact 

angle of the patterned surface on the SMP was 

dramatically changed according to temperature 

stimuli, i.e., in the permanent shape the contact 

angle of the patterned surface was around 130° 

while it was decreased to about 100° for the 

temporary shape. Note that the temporary shape was 

programmed by pressing the micro-pillars at a 

temperature higher than the transition temperature of 
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the SMP, followed by cooling to room temperature.  

Upon heating the micro-pillars were recovered to the 

permanent shape, thus returning the contact angle to 

the original one. Systematic experiments will be 

performed to investigate the effect of micro-pillar 

geometry. 

The cured PCO does not show good adhesion to 

glass at room temperature. When it was heated to 

melting temperature, however the adhesion changed 

to have stong stick to a glass. The adhesive property 

of a sample, which was heated and pressed to glass, 

was remained after cooling under the crystallization 

temperature. Using this property, the adhesion state 

was formed and shear stress was applied to measure 

the shear pull-off strength. 

The graph of preload vs shear pull-off strength was 

shown in Fig. 16. When the preload was 20 N/cm2,  

the shear pull-off strength was measured to 50 

N/cm2. This low value was due to small contact area, 

amd thus weak . When the preload was increased 

from 20 N/cm2 to 40 N/cm2, the pull-off strength 

increased significantly. Over 40 N/cm2, the increase 

rate became gentle ande converged to approximately 

80 N/cm2.  As described above, when the preload 

was 40 N/cm2, most of the surface was contacted to 

the glass. The factors determining the pull-off 

strength of adhesion was contact area, not the 

preload. Therefore, the 60 N/cm2 was used as the 

base preload  in the following experiments. 

The graph of displacement vs shear pull-off strength 

was shown in Fig.17. In case of solid line graph, the 

sample was prepared the method above, and the 

pull-off strength was measured at room temperature. 

It was shown that the peak was formed at a 

displacement of about 0.3mm under 80 N/cm2. In 

case of dotted line graph, the sample was prepared in 

the same way, but the pull-off strength was 

measured at 60 ℃. When the prepared sample was 

heated over the melting temperature, the wall pattern 

on the surface was recovered. As a result, the contact 

between cured PCO and glass disappeared, and the 

self-peeling occurred. 

The smart composite surface with in-situ tunable 

adhesion was also fabricated using a similar method 

to that used for patterning micro-pillars on the SMP 

films. Their tunable adhesion behavior is under 

examination and will be presented at the conference. 

 

4 Summary 

We fabricated SMP films with micro-pillared 

surface and characterized their shape memory 

properties, demonstrating good shape memory 

characteristics. We will combine the shape memory 

behavior of the SMP with the surface patterning 

method and will fabricate a smart surface that can 

change its surface morphology and adhesion 

reversibly. 

 

 

Fig. 1. The chemical structures of (a) 

Polycyclooctene(PCO) and (b) Dicumyl peroxide(DCP) 

 

 

Fig. 2 Schematic diagram of illustrating the 

characterization procedure of  micro-pillared surface. 
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Fig. 3 Schematic diagram of illustrating bending test of 

the micro-pillars. 

 

 
Fig. 4. Thermo-mechanical shape memory behavior of the 

SMPs in 3D plot 

 

 

 
Fig. 5. Thermograms of cured PCO 

 

Fig. 6. Schematic diagram describing the confinement 

effect of the crosslink to crystallization 

 

 
Fig. 7.  Thermo-mechanical shape memory behavior 

of SMPs in 2D plot 
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Fig. 8. Optical images of (a) original shape (b) deformed 

shape at 7th cycle(c) recovered shape after 7th cycle 

 

 

Fig. 9. AFM image of patterned surface on SMP 

 

 

Fig. 10 SEM image of the SMP films with micro-pillars 

 

 

Fig. 11 Optical images of (a) original shape (b) deformed 

shape (c) recovered shape 

 

 

Fig. 12. In-situ SEM image of pillar deformation in nano-

indenter 

 

ICCM19 1000



 

7  

SMART COMPOSITE SURFACE WITH  IN-SITU TUNABLE 

ADHESION BEHAVIOR 

 

Fig. 13. Stress-strain curve of a shape memory pillar 

 

 

Fig. 14. Variation of contact angles according to micro-

pillar geometry 

 

 

Fig. 15. Variation of the contact angles according to the 

programming procedure of the SMP 

 

 

Fig. 16. Effect of preload on the pull-off strength. 

 

 

Fig. 17. The pull-off strength vs displacement  curve of 

the cured PCOs. 
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1 Introduction  

Process induced deformation in composite parts 

affects their qualities and demand a lot of efforts for 

the compensation. Many researchers have developed 

process modeling or simulation tools for predicting 

the deformation [1-3]. They are effective for cost 

and time saving in the development of composite 

parts. It is, however, difficult to establish the 

accurate modeling due to the complexity of the input 

parameters, such as material properties, boundary 

conditions of heat and mechanic, and tool - part 

interactions. Several methods for determining these 

input parameters were proposed by authors [4-6]. 

Also, process modeling to simulate tool-part 

interaction was proposed by Twigg, et al [7].  

Recently, carbon fiber reinforced plastic (CFRP) 

tools have become more popular thanks to 

improvement of tough resin systems in high 

temperature condition. CFRP tools are considered to 

be beneficial due to lighter weight, lower heat 

capacity, and matching coefficient of thermal 

expansion (CTE) with a part. However, CFRP tool 

material effects on process induced deformation 

have not known well. 

In this work, tool material effects on process induced 

deformation of composite wing spar structures were 

investigated using three tools made of different 

materials: aluminum, invar and CFRP.  

2 Experiments 

2.1 Preparation of Specimens  

A wing spar is typically shaped like a C channel   

and this kind of part exhibits three types of process 

induced deformations, which are flange spring-in, 

web warpage away from the tool, and corner 

thinning [8]. Also, web height change from the 

design is important for wing assembly. These 

deformations are schematically described in Fig. 1.  

For the sake of ease in understanding these 

phenomena, simple shaped specimens were made in 

this work. Six specimens with two thicknesses, 

which were quasi isotropic 8-ply and 16-ply, made 

on the three tools were prepared. The specimen 

configurations are shown in Table 1. All specimens 

designed a same mold line and a uniform cross 

section. The web height is 600 mm, the both side 

flange length and angle are 100 mm and 90 degree 

respectively, the corner radius is 8 mm and the width 

of specimen is 120 mm.  

Three convex (male) tools were used for curing the 

specimens. The each tool was made of different 

materials which were aluminum, invar and CFRP. 

Surfaces of the aluminum tool and the invar tool 

were machined and finished by sanding. Woven 

fabric epoxy resin prepregs were used for the CFRP 

tool and the CFRP tool shown in Fig.2 was made by 

means of curing on a concaved master tool.  

Before laying up the specimen’s prepregs, release 

agent, Frekote®700-NC, was applied on the surfaces 

of the tools. After laying up and bagging, three 

specimens on the different material tools were cured 

simultaneously in an autoclave. Three 8-ply 

specimens were manufactured first, then the three 

16-ply specimens were manufactured using the same 

tools. The process of specimen manufacturing is 

shown in Fig.3. 

2.2 Non-contact Full Field Measurement 

In this work, full field measurements using a high 

resolution non-contact structured light 3D scanner, 

ATOS-II (GOM), were conducted to measure the 

detail shape of the specimens and the tools. 

Angle measurements of the tool surface by a 

clinometer, CLINOTRONIC PLUS®, were 

conducted before the 3D scanner measurements and 

the angle data were compared to confirm the 

accuracy of the 3D scanner. Figure 4 shows the 
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location of the angle measurements and the 

measurement situation. Table 2 shows the results of 

the measurement. The tool surface angles were 

almost same as the designed shape within ±0.11 

degree.  

The specimens reclined on one side for minimizing a 

gravity effect during the 3D scanner measurement as 

shown in Fig. 5, while the tools stood on the flange 

edges. Inner and outer surfaces of the specimens and 

an outer surface of the tools were digitized and the 

center cross section data were used to calculate the 

shape parameter described in Fig.1. 

An example of the digitized surface at the cross 

section of the tool is presented in Fig.6. The web is 

almost horizontal and flat, and the flanges are almost 

vertical.  

The shape parameters of the tools are summarized in 

Table 3. The web height errors were within ±0.15 

mm to the design. All the flange angles were almost 

vertical and identical within the difference of 0.03 

degree to measured angles by the clinometer as 

shown in the location A and E columns of Table 2. 

The webs of the aluminum tool and invar tool were 

almost horizontal and flat. The CFRP tool, however, 

sagged in the middle of the web slightly and the 

angle measurement by the clinometer had the same 

trend as shown in the CFRP row of the location B 

and D columns of Table 2.  

3 Results and discussion 

3.1 Deformation of specimens 

As an example of the digitized surface at the cross 

section of the specimen, the measurement result of 

the CF-8 is presented in Fig.7. Unlike in the case of 

the tools, web warpage and flange spring-in can be 

observed obviously. Summary of the shape 

parameters of the specimens is shown in Table 4. 

Web height changes, web warpages and flange 

spring-in angles were calculated by subtracting the 

values of the tools from ones of the specimens and 

are shown in Fig.8.  

As expected, the specimens cured on the aluminum 

tool had the largest and positive web height changes 

due to CTE mismatch between the aluminum tool 

and the CFRP specimens. And the invar tool and the 

CFRP tool could make the specimens with a little 

negative web height change, and the specimen cured 

on the CFRP tool was the smallest error from the 

tool due to matching the CTEs between the tool and 

the specimen. 

The measurement results showed that spring-in and 

web warpage depended on the thickness of the 

specimens. Thinner specimens had larger spring-in 

angles and web warpages.  

Web warpages of the specimens cured on the CFRP 

tool were larger than ones cured on the aluminum 

tool and the invar tools. The warpage depends on the 

tool-part interfacial shear stress developing during 

processing and the stress goes higher in the sticky 

condition at a tool-part interface [7]. Although same 

treatment before processing on all tool surfaces was 

conducted, the CFRP tool surface was considered to 

be sticky more than the aluminum and invar tool 

surfaces. 

Spring-in angles of the specimens cured on the 

aluminum tool and the invar tool were almost same, 

even though the CTEs of the tools are extremely-

different. Spring-in angles of the parts made on the 

CFRP tool were smaller than others. Spring-out of 

the CFRP tool during processing is considered as the 

reason.  

Comparing to the spring-in angles of L-shaped 

specimens shown in Table 5 [9, 10], the spring-in 

angles in this work were much larger, especially for 

the 8-ply specimens. The specimens in this 

experiment had large web warpages and the 

definition of the flange spring-in angle in this work 

is the deflection from the vertical line to the 

designed web line. Web angle rotations caused by 

web warpage need to be calculated to evaluate the 

flange spring-in correctly.  

Deflections at the corner exit and 50 mm from the 

corner exit on the inner surface of the specimens 

were used to calculate the web rotations.  

Figure 9 shows the spring-in angles separated into 

the spring-in component and the web warpage 

component. For the specimens cured on the 

aluminum tool and the invar tool, the spring-in 

angles without the web rotation component are 

almost same as the spring-in angles of the L-shaped 

specimens, such as about 1.3 degree at 8-ply 

specimens and about 1.2 degree at 16-ply specimens. 

As mentioned in section 3.1, the specimens cured on 

the CFRP tool have small spring-in component due 

to the spring-out of the CFRP tool. The presumption 

of 0.8 degree in the spring-out of the CFRP tool 

could make the same spring-in angles to the 

specimens cured on the other tools. 
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3.2 Thickness variation 

An example of thickness distribution of the 

specimens is presented in Fig.10. Thinner at the 

corner regions and thicker at the corner exit regions 

could be observed. All the thicknesses at the center 

cross section of the specimens are shown in Fig.11.  

The specimens cured on the aluminum tool had 

larger decrease in the thickness at the corner regions 

than others. Figure 12 shows the minimum 

thicknesses change at the corner and the maximum 

thicknesses change at the corner exit relative to the 

average thicknesses of the whole cross section. 

While the corner thinning of the specimens cured on 

the aluminum tool had much larger than ones cured 

on the invar tool and the CFRP tool, the thickening 

at the corner exit had less differences among all 

specimens within 0.1 mm to 0.2 mm. 

3.3 Numerical process modeling   

In this section, the experimental problem is analyzed 

by comparison to the numerical predictions, 

including the tool-part interactions determined from 

the experiments.  Using the FE package MSC Marc 

version 2010, full 3D models of the parts, 8-ply and 

16-ply were created. 20-node composite brick 

elements setting two elements in through the 

thickness direction were used for taking account of 

the laminate constitution, and the tool was not 

modeled, see Fig. 13. Material properties used in this 

model were obtained by author, et.al. [4, 9]. 

In order to implement tool-part interactions, thin 

shear layer element were proposed [11]. Practically, 

however, determination of the adequate properties of 

this element is difficult due to complex phenomena 

in process, such as sliding, sticking and effects by 

tool surface condition or resin cure status. For sake 

of ease, constant shear forces were applied on the 

inner surface of the parts in this work as shown in 

Fig. 14. The shear forces were set to be coincident 

with the experimental data of web warpage. 

The results of the numerical predictions are shown 

in Fig. 15. Comparing to the experimental data 

shown in Fig.9, web warpage components were 

smaller on all specimens, but spring-in components 

were a little larger, and total spring-in angles were 

almost same. 

Theoretical approach to determination of the tool-

part interaction effects is the next step. 

 

4 Conclusions  

In this study, detailed shape profiles of C-shaped 

parts were investigated for different tool materials 

using the 3D scanner. 

As expected, CTE of tool material affected the web 

height change of the parts, and the CFRP tool was 

the most suitable for obtaining an accurate web 

height.   

Web warpages and spring-in angles did not depend 

on the tool CTE unexpectedly. The specimen cured 

on the CFRP tool had larger web warpages than the 

ones cured on the metal tools. In the case of C-

shaped parts, spring-in angles were subjected to the 

influence of the web warpages.  

Thickness distributions were also investigated, and 

thinner corner was obtained in the specimen cured 

on the aluminum tool.  

Numerical process modeling was conducted 

including the tool-part interaction. The FE results 

were in good agreement with the experimental 

results, but need to be theoretical background of the 

tool-part interaction. 

 

 

 

 

 

 

 

 

 

 

 

Fig.1. Schematic of typical process induced 

deformations of C channel made on a convex tool. 

 

Table 1 Configuration of the specimens 

 

 

 

 

 

 

 

 

Specimen ID Tool material Lay up

AL-8 Aluminum [45/0/-45/90]s

AL-16 Aluminum [45/0/-45/90]2s

IN-8 Invar [45/0/-45/90]s

IN-16 Invar [45/0/-45/90]2s

CF-8 CFRP [45/0/-45/90]s

CF-16 CFRP [45/0/-45/90]2s
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Fig.2. CFRP tool for experiments. 

 

 

 

 

 

 

 

 

(a) Specimen lay up on the aluminum tool 

 

 

 

 

 

 

 

 

(b) Autoclave setting 

 

 

 

 

 

 

(c) Specimen after curing 

Fig.3. Specimen manufacturing 

 

 

 

 

 

 

(a) Location of tool angle measurement and 

definition of the angle 

 

 

 

 

 

(b) Photograph of the tool angle measurement 

Fig.4. Tool angle measurement by a clinometer 

 

Table 2 Results of tool angle measurement by the 

clinometer 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.5. Photograph of the shape measurement of a 

specimen by the 3D scanner. 

Specimen 

3D scanner 

6
0

 m
m

60 mm 60 mm 6
0

 m
m

300 mm

A

B DC

E

Clinometer

Tool

+

-

               Location

 Tool
A B C D E

Aluminum 0.02 0.01 0.00 -0.02 -0.06

Invar 0.08 0.03 0.00 -0.04 -0.10

CFRP 0.05 -0.08 0.00 0.10 -0.11

Unit : degree

All angles were compensated by the measurement angles

 of the location C
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(a) Whole shape 

 

 

 

 

 

 

 

 

 

(b) Enlarged display at curved region of the left side 

Fig.6. Digitalized cross section shape of the CFRP 

tool 

 

Table 3 Summary of the tool shape measurement by 

the 3D scanner 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

(a) Whole shape 

 

 

 

 

 

 

 

 

 

(b) Enlarged display at curved region of the left side 

Fig.7. Digitalized cross section shape of the 

specimen, CF-8 

 

Table 4 Summary of the shape measurement of the 

specimens by the 3D scanner 

 

 

 

 

 

 

 

 

 

Web

hight

Web

warpage

[mm] [mm] Left side Right side

Aluminum 599.85 0.04 0.04 -0.05

Invar 599.94 0.06 0.07 -0.10

CFRP 600.11 -0.35 0.08 -0.13

Flange angle

[degree]
Tool

material

Web

hight

Web

warpage

[mm] [mm] Left side Right side

AL-8 601.60 1.92 2.02 -2.15

AL-16 601.69 0.90 1.58 -1.61

IN-8 599.51 1.59 2.14 -2.04

IN-16 599.56 0.70 1.62 -1.65

CF-8 599.72 2.68 1.71 -1.80

CF-16 599.97 0.82 0.90 -0.99

Specimen

ID

Flange angle

[degree]
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(a) Web height change 

 

 

 

 

 

 

 

 

(b) Web warpage 

 

 

 

 

 

 

 

 

(c) Flange spring-in angle  

Fig.8 Results of deformation measurements 

 

 

 

 

 

 

 

Table 5 Spring-in angles of L-shaped specimens 

with quasi-isotropic constitution [9, 10] 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.9. Spring-in angles separated into the spring-in 

component and the web rotation component 

 

 

 

 

 

 

 

 

 

 

Fig.10. Thickness distribution of the specimen, 

 AL-16 measured by the 3D scanner 

 

Tool material
The number

of ply

Spring-in angle

[degree]

1.22

1.49

1.19

1.13

1.23

1.32

1.33

Aluminum

8

16

Invar 8
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(a) Aluminum tool 

 

 

 

 

 

 

 

 

 

(b) Invar tool 

 

 

 

 

 

 

 

 

 

(c) CFRP tool 

Fig.11. Thicknesses of the specimens at the center 

cross section 

 

 

 

 

 

 

 

 

 

(a) Minimum thickness at corner  

 

 

 

 

 

 

 

 

(b) Maximum thickness at the corner exit 

Fig.12. Thickness changes at the corner and the 

corner exit relative to the average thickness 

 

 

 

 

 

 

(a) Whole model 

 

 

 

 

 

 

(b) Enlarged display at curved region 

Fig.13. FE model of the C-shaped specimen 
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Fig.14. Schematic cross section for showing shear 

forces applied on the part inner mold line of FE 

model 

 

 

 

 

 

 

 

 

 

Fig.15. FE results of spring-in angles separated into 

the spring-in component and the web rotation 

component (Spring-in components of the CF-8 and 

CF-16 decreased by 0.8 degree for compensation of 

the CFRP tool’s spring-out)  
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1 Introduction  

Porous piezoelectric materials by virtue of their 

unique electromechanical coupling characteristics, 

signal-to-noise ratio, impedance matching, 

piezoelectric charge coefficients (dh), and 

hydrostatic figures of merit (dhgh), play a prominent 

role in the modern electro-ceramic industry. 

Applications of porous piezoelectric materials 

include hydrophones, vibratory sensors, miniature 

accelerometers, and contact microphones [1]. Porous 

piezoelectric materials can be broadly classified as 

3-0 type (where the porosity is enclosed in all three 

dimensions by a matrix phase), 3-1 type (where the 

porosity exhibits connectivity in the 1-direction and 

the matrix phase is connected in all three directions), 

and 3-3 type (where the porosity exists in an open 

interconnecting network where both the porosity and 

matrix phase exhibits connectivity in all the three 

directions).  

In order to understand and characterize the effect of 

porosity on the overall response of (zero-

dimensional (3-0), one-dimensional (3-1) and three-

dimensional (3-3)) porous piezoelectric materials, 

several analytical [2-5], numerical [6-12] and 

experimental studies [13-17] have been conducted. 

For example, Dunn and Taya [2] developed 

analytical models to predict the electromechanical 

response of porous piezoelectric materials with zero-

dimensional (3-0) and one-dimensional (3-1) 

connectivity. Banno [5] developed a theoretical 

model and derived expressions for the 

electromechanical properties of porous PZT ceramic 

with three-dimensional connectivity (3-3) as a 

function of porosity. Iyer and Venkatesh [7] 

developed a unit-cell based finite element models to 

study the effect of porosity shape on the 

electromechanical response of 3-0 type porous 

piezoelectric materials. Kar-Gupta and Venkatesh 

[8] developed a unit-cell based finite element model 

to study 3-1 type porous piezoelectric materials and 

demonstrated that the pore shape and orientation can 

significantly influence the performance of 3-1 type 

porous piezoelectric materials. Challagulla and 

Venkatesh [11] studied the effect of volume fraction, 

interconnect geometry and architecture of the 

piezoelectric foam structures on the 

electromechanical response of 3-3 type piezoelectric 

foam structures. More recently, Bosse et al. [12] 

developed a unit-cell based finite element model to 

study the effect of foam shape and porosity aspect 

ratio on the electromechanical response of 3-3 

piezoelectric foams. Bast and Wersing [13] 

synthesized porous piezoelectric materials with 3-1 

type connectivity and demonstrated that the acoustic 

impedance decreases with increased porosity. 

Bowen et al. [16] studied the effect of pore size and 

demonstrated experimentally that porous 

piezoelectric materials exhibit high hydrostatic 

figures of merit. Boumchedda et al. [17] fabricated 

3-3 type porous PZT ceramics and concluded that 

cellular ceramics with higher volume fraction of 

porosity exhibited better hydrostatic characteristics 

compared to porous ceramics with lower porosity 

volume fraction.  

Overall, a comprehensive set of analytical and 

numerical models and experimental results 

demonstrate that 3-3 type porous piezoelectric 

materials exhibit a combination of properties that are 

desirable for practical applications such as 

hydrophones. However, the effect of porosity shape 

and porosity volume fraction on the overall 

electromechanical response of 3-3 porous 

piezoelectric foams has not yet been fully 
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ELECTROMECHANICAL RESPONSE OF 3-3 

PIEZOELECTRIC FOAMS  
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ascertained. Hence, the objectives of the present 

study are: 

(i) to develop a unit-cell based finite element 

model to study the behavior of 3-3 type 

piezoelectric foams (Fig. 1); 

(ii) to systematically study the effects of porosity 

geometry and porosity volume fraction on the 

effective electromechanical response of 3-3 

type piezoelectric foams;  

(iii) to quantify the effects of porosity geometry 

and porosity volume fraction on the effective 

figures of merit of 3-3 type piezoelectric 

foams.  

In the present study, to identify the effects of 

porosity shape on the effective electromechanical 

response of 3-3 type piezoelectric foams, nine types 

of porosity shapes are examined (Fig. 2).  

The rest of the paper is organised as follows. An 

overview of the constitutive relations that describe 

the coupled behaviour of piezoelectric materials is 

presented in Section 2. Selected figures of merit of 

porous piezoelectric materials that are relevant to 

device applications are identified in Section 3. 

Section 4 describes the finite element model 

developed to characterize the electromechanical 

response of piezoelectric foam structures. The trends 

observed are presented in Section 5 and Section 6 

concludes the paper.  

 

2. Constitutive Behavior of Piezoelectric 

Materials 

The electromechanical response of piezoelectric 

materials in the linear elastic domain is captured by 

the coupled constitutive relationships represented 

by: 

j

ε

ijklikli

kijkkl

E

ijklij

EκεeD

EeεCσ




    (1) 

where σ and ϵ are second-order stress and strain 

tensors, respectively, C
E 

is fourth-order elasticity 

tensor with superscript “E’’ indicating elasticity 

tensor corresponding to measurement of C at 

constant/zero electric field, e is the third order 

coupling tensor, E is the electric field vector, D is 

electric displacement vector and κ
ϵ 

is second-order 

permittivity tensor measured at constant/zero strain. 

The subscripts i, j, k, l varies from 1 to 6. Eq. (1) can 

be represented by a matrix using the following 

mapping of adjacent indices: ,111  ,222  

,333 ,423 ,513 ,612 as:  
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(2) 

Eq. (2) is the most general representation of the 

constitutive behavior of piezoelectric materials and 

has 21 elasticity, 18 piezoelectric and 6 permittivity 

constants that are independent material properties. 

Thus a complete characterization of piezoelectric 

foam in the linear elastic domain requires an 

identification of all 45 independent constants. 

 

3. Figures of Merit 

To assess the utility of piezoelectric foam structures 

for practical applications such as hydrophones, 

several combinations of figures of merit derived 

from the fundamental material constants are 

typically employed. The figures of merit that are of 

direct interest to piezoelectric foam structures and 

their potential applications (e.g., hydrophones) are 

(i) the piezoelectric coupling constant (kt); (ii) the 

acoustic impedance (Z); (iii) the piezoelectric charge 

coefficient (dh); (iv) and the hydrostatic figure of 

merit (dhgh) , and are described in detail in [11].  

 

4. Three-Dimensional Finite Element Model for 

Piezoelectric Foam Structures 

A unit-cell based three-dimensional finite element 

model is developed to characterize complete 

electromechanical response of 3-3 type piezoelectric 

foam structures over a range of porosity shapes and 

porosity volume fractions using a commercially 

available software ABAQUS. Eight-node, linear 

piezoelectric brick elements (C3D8E) are utilized 

for the piezoelectric foam structures where each 

node is allowed four degrees of freedom (three 
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translational and one electric potential). It is 

assumed that the piezoelectric material is poled in 2-

direction. 

In general, the modeling approach for predicting the 

properties of piezoelectric foams involves the 

following five steps: (i) a unit cell that is appropriate 

for a foam structure with a specified volume fraction 

and porosity shape is identified (Fig. 1); (ii) the unit 

cell is subjected to controlled mechanical and 

electrical loading conditions under carefully 

designed boundary conditions (Fig. 3); (iii) the stress 

and electric displacements field developed in the 

unit cell as a result of applied strain and electric 

fields in the unit cell are measured; (iv) appropriate 

average procedures are invoked to capture the 

homogeneous coupled response of the unit cell; (v) 

using the matrix representation of the coupled 

response of piezoelectric materials, where the 

measured stress and electric displacements are 

related to the imposed strain and electric fields 

through the constitutive material property matrix, all 

the piezoelectric material constants are computed 

[8].  

In the unit-cell based finite element model, to 

characterize electromechanical response of 3-3 

piezoelectric foam structures it is important to 

ensure that the deformation characteristics of the 

microscopic unit cell are representative of the 

deformation of the macroscopic foam structures. 

Hence,   to ensure that the deformation and electric 

potential across the boundaries of the representative 

unit cell is compatible with the deformation of the 

adjacent unit cells, the following constraint 

equations are identified (Fig. 3), where the nodes A 

(AA), B (BB), C (CC), D (DD) are designated as 

master nodes and u refers to all four degrees of 

freedom (i.e., u = 1, 2, 3 and 9):  

(i) For periodicity in the 1-direction: 

BSAR uuuu 
; 

BBSSAARR uuuu  ; 

BWAV uuuu  ;
CCWWDDVV uuuu 

; 
BXPAXM uuuu  . 

(ii) For periodicity in the 2-direction: 

AAUUAU uuuu  ; BBSSBS uuuu  ;  
AAYPAYM uuuu  . 

(iii) For periodicity in the 3-direction: 

AUDT uuuu  ; AAUUDDTT uuuu  ; 
CWWBW uuuu  ;

CZPBZM uuuu  . 

 

5. Results and Discussions 

Three-dimensional finite element model developed 

in Section 4 is implemented to study the effect of 

porosity shape and porosity volume fraction on the 

electromechanical response of 3-3 type piezoelectric 

foam. PZT-7A is selected as a model material for the 

present study (Table 1). Figs 4 and 5 present the 

variation of fundamental elastic, piezoelectric and 

dielectric constants and figure of merit with 

increasing material volume fraction for 3-3 type 

piezoelectric foam structures over a range of 

porosity shapes. The principal observations are 

summarized as follows: 

(i) The fundamental elastic, piezoelectric and 

dielectric constants, in general, increase 

nonlinearly with increase in material volume 

fraction (with the exception of κ11 and κ33 for 

foam structures with circular porosity).  

(ii) In general, the principal electromechanical 

properties in the longitudinal direction (i.e., 

along the poling direction) such as C22, κ22 and 

e22 are higher for the piezoelectric foams with 

rectangular and ellipsoidal shaped porosity 

with porosity aspect ratio of b=4a and lower 

for the piezoelectric foams with rectangular 

and ellipsoidal shaped porosity with porosity 

aspect ratio of b=0.25a. 

(iii) The principal electromechanical properties in 

the transverse direction (i.e., perpendicular to 

the poling direction) such as C11 and κ11 are 

higher for the piezoelectric foams with 

rectangular and ellipsoidal shaped porosity 

with porosity aspect ratio of b=0.25a and 

lower for the piezoelectric foams with 

rectangular and ellipsoidal shaped porosity 

with porosity aspect ratio of b=4a. 

(iv) The principal electromechanical property, C33 

(in the transverse direction) is higher for the 

piezoelectric foams with circular shaped 

porosity and lower for the piezoelectric foams 

with rectangular and ellipsoidal shaped 
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porosity with porosity aspect ratio of b=0.25a 

and b=4a. 

(v) The shear elastic constants such as C12, C13, 

C23 are higher for the foam structures with 

circular shaped porosity. 

(vi) In general, the figures of merit (i.e. kt, Z, dh, 

and dhgh) for bulk PZT-7A can be enhanced 

significantly by increasing the porosity 

volume fraction.   

(vii) For higher material volume fraction (greater 

than 62%), the piezoelectric foams with 

rectangular and ellipsoidal shaped porosity 

with porosity aspect ratio of b=4a exhibits 

higher piezoelectric coupling constant (kt).  

(viii) Piezoelectric foams with square shaped 

porosity exhibits higher hydrostatic figure of 

merit (dhgh) at low material volume fractions.  

 

6.  Conclusions 

Porous piezoelectric material, especially 3-3 type 

piezoelectric foam structures demonstrate enhanced 

figures of merit such as the piezoelectric charge 

coefficient (dh), hydrostatic voltage coefficient (gh), 

and hydrostatic figure of merit (dhgh), and are 

desirable for certain practical applications such as 

hydrophones. However, the effect of porosity shape 

and porosity volume fraction on the overall 

electromechanical response of 3-3 porous 

piezoelectric foams has not yet been fully 

ascertained. Hence, the present study was focused on 

obtaining a comprehensive understanding of the role 

of porosity shape and porosity volume fraction on 

the effective properties of piezoelectric foams. In 

general, the effective electromechanical properties 

of the foam structures and their corresponding 

figures of merit were shown to be strongly 

dependent on the porosity shape and porosity 

volume fraction.   
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Table 1. Fundamental elastic, piezoelectric, and 

dielectric properties of the model material PZT-7A 

chosen for the present study.  

 

 PZT-7A 

(ρ=7700 kg/m
3
) 

 (GPa)CC E

33

E

11   148 

 (GPa)CC E

23

E

12   74.2 

(GPa)CE

13  76.2 

(GPa)CE

22  131 

 (GPa)CC E

66

E

44   25.3 

(GPa)CE

55  35.9 

) (C/mee 2

2321   -2.324 

)(C/me 2

22  10.9 

) (C/mee 2

1634   9.31 

 (nC/Vm)κκ ε

33

ε

11   3.98 

(nC/Vm)κ ε

22  2.081 

 

 

 
 

 

 
Fig. 1. Schematic illustrating 3-3 type piezoelectric 

foam and corresponding unit-cell.   

 

 

Fig. 2. Schematic illustrating 9 types of piezoelectric 

foams based on porosity shape (for 30% porosity 

volume fraction). 

 

1 

2 

3 
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Fig. 3. Schematic representing various node sets indentified for the finite element modeling of the 3-3 type 

piezoelectric foams. 
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Fig. 4. Varation of fundamental elastic, dielectric, and piezoelectric properties of 3-3 type piezoelectric foams 

with material volume fraction.  
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Fig. 5. Varation of select figures of merit of 3-3 type piezoelectric foams with material volume fraction.  
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1 ABSTRACT 

In this work, a novel approach to predict the path of 

crack propagation through particle-reinforced 

composites is presented. Simulations are based on 

the Element-Free Galerkin (EFG) method and linear 

elastic fracture mechanics (LEFM). A modified 

interaction integral, suitable for heterogeneous 

materials, was used to obtain the stress intensity 

factors (SIFs). The maximum tangential principal 

stress (MTPS) criterion was used to determine the 

instantaneous direction of crack propagation. Crack 

extension paths and variation of energy release rates 

(ERRs) during the propagation are presented. 

Thereby issues such as the interaction of the crack 

with inclusions during its extension, crack tip 

shielding and stress amplification are resolved. 

While the crack meanders near the particle, the 

ERRs are observed to be affected even if the crack 

tip is located at a larger distance from the particle. 

2 INTRODUCTION 

Reinforced composites are of importance for 

aerospace and automobile applications where the 

strength-to-weight ratio and stiffness-to-weight ratio 

are crucial factors. There has been significant 

research in the failure mechanisms of these materials 

in order to optimize their design and utilization. 

Although initially more attention was paid to 

experimental and analytical investigations [1], the 

focus has shifted towards computational methods 

facilitated by the emergence of sophisticated 

modelling techniques and decreasing cost of 

computational hardware [2,3].      

The failure process in composites is often initiated at 

micro-sized flaws, which may grow to macro-sized 

cracks leading to catastrophic failure. The damage 

propagation depends on multiple parameters such as 

the volume fraction of particles, particle strength, 

interface bonding strength, pre-existing cracks, 

shape of the particle and their locations within the 

matrix. In general, fracture in particulate composites 

consists of a combination of matrix failure, particle 

fracture and interface decohesion. It is reported that 

the dominant crack may stay completely within the 

matrix [4]. Although the basic mechanical properties 

of particle-reinforced metal matrix composites 

(MMC) are superior to alloys [5], it is often found 

that their fracture toughness is lower than that of the 

monolithic metal alloys [6,7].  

Previous analytical and numerical studies were 

carried out to explain the mechanics behind the  

toughening process of particle-reinforced 

composites. Toughening mechanisms for 

symmetrically located cracks with respect to the 

particle were analyzed by Atkinson [8] who showed 

the existence of 1/ r  singular stress fields for the 

crack tip very close to the inclusion but not in direct 

contact. Increase in fracture toughness due to crack 

path deviation around a secondary phase (inclusion) 

is explained by Faber et al. [9] using a numerical 

model.  

There are numerous computational techniques, 

reported in the literature, for modelling crack 

propagation in the presence of particle 

reinforcements. The finite element method (FEM) 

[10,11] and the boundary element method (BEM) 

[12,13] have been widely employed to study fracture 

problems. Li et al. [10] observed that there is crack 

tip shielding when a rigid inclusion is approached. 

Furthermore, they showed that there is amplification 

of stresses as soon as the crack crosses the inclusion.  
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An accurate method of modelling crack propagation 

through particle-reinforced composites, is key to 

understand and prevent failure of such materials. 

Although the FEM and the BEM are the most 

established methods for numerical modeling of 

structures, they present problems in handling crack 

extension. These methods require remeshing as the 

crack propagates, which is time consuming. 

Moreover, the density of FE mesh has to be 

increased significantly near the crack tip and matrix-
particle interface to accurately capture the stress 

state. The eXtended Finite Element Method (XFEM) 

and Meshless Methods (MMs) have been developed 

to address some of these shortcomings. Recently, 

XFEM was used to model crack propagation in 

particle-reinforced composites [3].  

There are currently many MM formulations in the 

literature and the Element-Free Galerkin (EFG) 

method is one among the popular techniques 

available today to model crack propagation 

problems [14]. The eXtended EFG (XEFG) method 

[15,16] is a relatively recent development, based on 

the XFEM, which incorporates special functions to 

handle discontinuities in the EFG method using a 

partition-of-unity approach. In this work,  a modified 

XEFG method is used to model the crack 

propagation through the particulate composites. 

The ERRs were calculated using the modified M-

integral/interaction integral method. The traditional 

M-integral cannot be applied when material 

interfaces or discontinuities exist inside the 

integration domain. Rigorous proof of this point can 

be found in [17] and its application to composite 

materials is shown in [3]. The direction of crack 

extension was computed using the MTPS criterion 

[18].  

Several case studies were solved using the proposed 

XEFG method in conjunction with the MTPS and 

MTS criteria to demonstrate the advantages of the 

method used. Furthermore, the dependence of the 

ERR on the elastic modulus and distribution of the 

particles are presented.   

 

 

 

 

 

 

3 MODIFIED XEFG METHOD 

 

3.1 XEFG Method 
 

The displacement, ( )u x , approximation in XEFG 

method is given by 

( )

( )

enr
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+
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∑

∑

∑ ∑

∑

γ θ
 (1) 

where Φ ( )I x  is the shape function of the node 

I , ( )f x  is the signed distance function from the 

crack. The Heaviside or jump-enriched function 

H( ( ))f x  and branch (William's expansion) 

enriched function 
enr ( , )γ θB  are given by 

1 if  ( ) 0
H( ( )) =

-1 if  ( )<0

f
f

f

≥x
x

x
 

enr ( , ) [ sin , cos ,
2 2

sin sin , cos sin ]
2 2

θ θ
γ θ γ γ

θ θ
γ θ γ θ

B =

 

(2) 

γ and θ are polar coordinates of the sampling 

point x from the crack tip. The function Ψ (x)
I

is 

used for displacement continuity across the 

material interface of the particle. 
1 1

Ψ (x) F (x) F (x )I I= − where the 

function 1

I I

( ) ( )

F (x) Φ ( ) Φ ( )
c c

I I

I w I w∈ ∈

= −∑ ∑
x x

x xϕ ϕ . 

Iϕ  is the scalar level set function (signed 

distance) from the particle boundary. 

 
When the crack passes through the neighbourhood 
of a matrix-particle interface, it becomes necessary 

to refine the nodes around the crack tip. This helps 

to provide sufficient branch enrichment within the 
matrix while ensuring the domain of influence of 

such nodes do not overlap with the secondary phase 

ICCM19 1021



 

 

or particle. This approach is computationally 

cumbersome and costly when the tip is very close to 

the interface. 
 

3.2 Modified XEFG Method 

  

 

Fig. 1. Particle reinforced domain with a crack. 

To overcome the above difficulties, the branch 

enrichment through the partition-of-unity approach 
was discarded for a geometry with a crack and a 

inclusion as shown in Fig. 1. Instead, the visibility 

method, where the weight functions of the nodes that 
influences the crack tip are modified, was used to 
model the crack tip as shown in Fig. 2. Since global 

refinement is computationally cumbersome, the 

region around the crack tip was moderately refined, 
in a regular manner, to capture the stress field 

accurately.  
 

 

Fig. 2. Visibility method to model the crack tip. 

In this work, the visibility method was used in 

conjunction with the Heaviside enrichment to model 

the crack. Such a combination will also be useful for 
modeling the crack propagation in multiphase 

materials. 

 
The thickness of the interface was assumed to be 

negligible in this work. Therefore, enrichment based 

on level set functions [19] was used to model this 
weak discontinuity/material boundary. 

Consequently, the displacement approximation, in 

the presence of a crack (strong discontinuity) and 

inclusion boundaries (weak   discontinuity)  takes 
the form 

( )

( )

( )

( ) = Φ ( )

Φ ( ){ H( ( ))}+

Φ ( ) Ψ (x)

j

c

I I

I w

I I

I w

I I I

I w

f

∈

∈

∈

+∑

∑

∑

x

x

x

u x x u

x a x

x c

 
(3) 

The proposed modified XEFG method, with its 
nodal enrichment as shown in Fig. 3, was used for 

all the subsequent numerical analysis.  

 

 

Fig. 3. Nodal discretization for a domain with a 
crack and a inclusion. 

 

4 ENERGY RELEASE RATE AND CRACK 
PROPGATION DIRECTION  

 
The energy release rate was calculated after 
obtaining SIFs using the M-integral/Interaction 

integral. For linear elastic materials, the ERR(G) is 

given by 

( )
= =

2 2

I II

'

tip

K +K
G J

E
 (4) 

where 
'

tip tipE E= for plane stress and 

2/(1 )'

tip tip tipE E υ= −  for plane strain problems. 

tip
E and 

tip
υ are Young's modulus and Poisson's ratio 

at the crack tip respectively. 
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4.1 Modified Interaction Integral 

 
The interaction  integral, when the integration 
domain consists of material interfaces or 
discontinuities, can be written as 

 

h nonhI = I  + I  

,1 ,1 1 ,( )aux aux aux

h ij i ij i ik ik j j
A

I σ u σ u σ ε δ q dA= + −∫  
(5) 

where 
hI  is the standard interaction integral for  

homogenous materials and 
nonh

I  arises due to the 

heterogeneous nature of the material considered.  

 

There are many forms of expressions of 
nonh

I  

[17,20,21]. Most of the expressions are suitable for 

application in functionally graded materials where 

mechanical properties vary smoothly. Yu et al. 

[3,17] gave an expression for 
nonh

I  which is devoid 

of derivatives of material properties. This is 

particularly suitable for particle-reinforced 

composites where there is a sudden change in 
material properties. It is given by  
 

,1( ( ))tip aux

nonh ij ijkl ijkl kl
A

I σ S S x σ qdA= −∫  (5) 

where ( )ijklS x is the fourth order compliance 

tensor, aux

ijσ and aux

i
u are the standard Williams' 

crack tip solution for a homogenous medium. 
 

4.2 MTS and MTPS Criterion 
 
Both MTPS and MTS criteria were used to 

determine the angle of instantaneous crack extension 
in crack propagation analysis.  

 

The maximum tangential stress (MTS) criterion 
proposed by Erdogan and Sih [22] was based on a 

stress field approximated by the first term of the 

Williams'  stress function expansion. In this case, the 

direction of crack extension, ( )
c MTS
θ , is given by 

the condition:  
2

2
0, 0θθ θθσ σ

θ θ

∂ ∂
= ≤

∂ ∂
 (6) 

1

2

2
2 tan

1 1 8( )

II I
c

II I

K /K
θ

K /K

−
 −
 =
 + + 

 

 
 

 

Fig. 4. MTPS and MTS criteria. 

This direction of crack extension is not a principal 
direction when more than one term of the 
eigenfunction expansion is used to calculate the 

crack tip stresses. In this case, the direction given by 

MTS 0θθσ θ∂ ∂ = , i.e., ( )θθ maxσ  is not principal 

direction.  

 
Maiti et al. [18] showed that the crack extends in a 

direction, ( )c MTPSθ , corresponding to 0rθτ =  which 

is close to the direction given by 0
θθ
σ θ∂ ∂ = , but 

not the same. The corresponding tangential stress is 

a principal stress. They termed this criterion as the 
maximum tangential principal stress (MTPS) 

criterion. The difference between MTS and MTPS 
criteria is illustrated in Fig. 4. Other popular criteria 

including MTS are compared with MTPS in [18]. 
 

The shear stress (
rθτ ) was computed around a 

contour of finite radius around the crack tip. The 

angle of extension was given by the radial direction 

corresponding to 0rθτ = . For a crack tip close to 

the  matrix-particle interface, care was taken to 

ensure that the contour for plotting 
rθ
τ  does not pass 

through more than one phase. 
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4 RESULTS 
 
In the following case studies, a pre-existing crack 
was assumed in the domain of interest. The length to 

width ( L/w ) ratio of the domain geometry was set 

to unity with 2L = . The radius ( 2r/L ) of the 

particle was fixed to 0.15 . The domain was 

subjected to uniform normal stress of 1MPa  under 

plane strain conditions. 
 

The normalized energy release rates ( 0G/G ) is 

plotted during extension of crack in the presence of 

particles. G  is the actual ERR for a propagating 

crack in the particle-reinforced composite. 
0G  is the 

ERR for the same crack length (mode I) in the 

corresponding non-heterogeneous medium.  
Furthermore, in some examples, crack paths are 

shown to highlight the difference between the 

predictions by MTPS and MTS criteria.   
 

4.1 Crack Propagation in the Presence of a Single 

Particle 

 

 

Fig. 5. Crack geometry with a single particle 

embedded in it. 

Fig. 5 shows a geometry with a single embedded 

particle. The ratio of d/r , where r  is particle 

radius, was set to unity. The Poisson's ratio of both 

the phases was kept constant ( 0.33υ = ). The crack 

propagation is studied for two different ratios of 

Young's moduli ( 0.5
p m

E /E =  and 20
p m

E /E = ) 

using both MTPS and MTS criterion. 

 

Fig. 6. Nodal discretization. 

The geometry was discretized with 40 40×  regular 

nodes. The region around the crack tip was 

discretized with 13 13× nodes for capturing the 

asymptotic stress fields as shown in Fig. 6. 

 

Fig. 7. Crack path for different Young's modulus 
ratio using MTPS and MTS criterion. 

 
Fig. 7 shows the crack propagation paths for two 

different ratios of p mE /E  as per MTS and MTPS 

criteria. As expected, the crack gets attracted 

towards the softer inclusion and it gets repelled by a 
hard inclusion. Whilst both criteria predict almost 

the same crack path for a soft inclusion, the crack is 
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repelled more as per the MTS criterion for a hard 

inclusion.  

 

Fig. 8 shows the normalized ERR (
0

G/G ) for 

different p mE /E  ratios. A modified interaction 

integral was used to obtain the energy release rate. 

The plot increases steadily for the softer inclusion. 

However, in the presence of a hard inclusion, the 

phenomenon of crack tip shielding and amplification 
is observed. As the crack tip approaches the hard 

inclusion, the 
0

G/G ratio reduces. When it crosses 

the inclusion, 
0G/G  is amplified (Fig. 8). 

 

Fig. 8. Crack tip shielding and amplification due to 

hard inclusion. 

In the subsequent cases, the ratio of p mE /E  has been 

set to 6.43, 0.17pυ =  and 0.33
m
υ = . This set of 

data  corresponds to silicon carbide (SiC) 
reinforcement of aluminum (Al) matrix. Such 
materials  find applications in aerospace, automobile 

and general engineering purposes. 

 
Fig. 9 shows the computed crack paths, as per MTPS 

criteria, for various d/r  ratios. The deviation of the 

crack increases significantly as it approaches the 

inclusion. 

 

 

Fig. 9. Crack path as per MTPS criteria for various 

d/r  ratios. 

Fig. 10 shows the variation of non-dimensional 

ERRs with crack extension of various d/r  ratios. It 

can be concluded that the crack experiences a 

reduction in the 
0

G/G (shielding effect) as it 

approaches the particle. As it crosses the particle, it 

experiences an increase in the  
0

G/G  (amplification 

effect). As the d/r  ratio decreases, the effect due to 

the particle increases. 
 

 

Fig. 10. The ERRs for various d/r  ratios. 
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4.2 Crack Interaction with a Pair of Particles 

Positioned Symmetrically about x -axis  

 

 

Fig. 11.  Pair of particles located symmetrically 
about x -axis. 

Fig. 11 shows the geometry with two particles and 
an edge crack located at the centre. The crack was 

allowed to propagate under uniform remote tension. 

It is a pure mode I problem. Both MTPS and MTS 
yield the same crack extension direction.  

 

Fig. 12. Non-dimensional energy release rate for a 

propagating crack in the presence of inclusions. 

Fig. 12 shows the predicted variation of the 

normalized ERR ( 0G/G ) as the crack propagates in 

the presence of the inclusions. It is observed that as 

the crack approaches the particle inclusions, it 

experiences the shielding effect and the 0G/G ratio 

reduces. This trend reverses as the crack moves past 
the centre line of the inclusions. The extent of 

shielding or amplification is dependent on the 
modulus ratio of the two constituents; the effect of 

particle increases with increase in the ratio of 

p mE /E . 

 

This effect also increases with a decrease in the 
inter-particle distance. In other words, this effect 

gets magnified with the reduction in the proximity of 
the crack to the inclusion. 
 

4.3 Crack Interaction with a Pair of Particles 

Positioned Arbitrarily 

 

Fig. 13 shows the geometry with a pair of particles 

located at an arbitrary angle θ . Both MTPS and 

MTS criterion were used to examine the paths of 

crack propagation. 

 

Fig. 13. Pair of particles at an arbitrary angle in the 

domain. 

Two case studies were considered: 
o60θ=  and 

o30θ= . The ratio of 
p mE /E  was set to 6.43, 

0.17pυ =  and 0.33mυ = . 

Fig. 14 shows the predicted crack path by MTPS and 

MTS criteria for 
o60θ= . Although  crack deflection 

as per the MTS criterion is more pronounced, the 
difference is not significant.  
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Fig. 14. Crack propagation path in presence of  

inclusions oriented at 60o. 

However, the difference is more pronounced in the 
o30θ= (Fig. 15) case where the crack paths 

predicted by the two criteria are very different. The 

MTS criterion predicted that the crack path would 
meet the particle, while the MTPS criterion 

predicted that the crack would propagate around the 

particles. 

 

Fig. 15. Crack propagation path for inclusions 
oriented at 60o. 

Fig. 16 shows the variation of normalized ERR 

(
0

G/G ) as the crack propagates for 
o60θ=  and 

o30θ=  using both MTPS and MTS criteria.  

(a) 
o60θ= : The crack experiences the maximum 

shielding at 1x/r=-  i.e., when the crack tip is at a 

distance equal to the radius of the inclusion. The 

amplification occurs as the crack crosses the second 

inclusion. 

 

 

Fig. 16. Normalized ERRs for a crack propagating 

in the presence of inclusion oriented at an arbitrary 

angle to each other. 

 (b) 
o30θ= : The crack experiences the maximum 

shielding when its tip is at 1x/r=- . This is more 

pronounced than the previous case due to its 

proximity to the inclusion.  As per the MTS criteria, 

as soon as the crack crosses the left inclusion, there 

is a sudden dip in the ratio
0G/G ; the crack 

propagation is halted as soon as the tip reaches the 
second inclusion. In contrast, as per the MTPS 

criterion, the crack propagates through the matrix. 

This agrees more closely with experimental 

observations [23]. Further, the ratio 
0G/G  increases 

significantly as soon as it crosses the second 

inclusion (Fig. 16). 

 

5 CONCLUSIONS 

 
A modified EFG method has been proposed to 
handle the crack propagation problem in particle-

reinforced composites. It shows the utility of the 

visibility method with nodal refinement around the 

crack tip to capture the singularity in linear elastic 
fracture mechanics. A modified interaction integral 

has been used to calculate the energy release rates. 
Furthermore, this paper also highlighted the 
difference in crack propagation paths arising from 
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the use of the MTPS and MTS criteria. The key 

conclusions are:  

a) The reduction and amplification of the energy 
release rate occur in the presence of hard 

inclusions. 

b) This reduction in the ERR enhances with the 

increase in the p mE /E  ratio and reduction in 

distance of the crack tip from the inclusion. 
Generally, the amplification effect, observed 

after the crack crosses the inclusion, is lower 

than the shielding effect before the crack 
approaches the inclusion. 

c) The MTS criterion predicts a larger extent of 

crack deviation than the MTPS criterion. In the 

case of closely spaced inclusions, the MTPS 
criterion predicts crack movements always 
through the matrix for all particle-matrix 

stiffness ratios. 

d) The proposed XEFG method can handle the 
study of crack propagation through particulate 

composites, if necessary. Further it can simulate 

singularity in stresses other than 
-0.5r .    
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

One of the major scientific challenges for the 

composite engineers is the development of new 

stronger and tougher lightweight structural materials 

supporting latest technologies and design concepts 

for the complex shaped structures like aircraft, 

automotive structures, and large wind turbine blade 

structures [1]. The development of composite 

materials improving their performance limits based 

on the reinforcement of two or more fibres 

(synthetic fibre with another synthetic fibre or 

synthetic fibre with natural fibre or synthetic fibre 

with metallic fibres) in a single polymeric matrix, 

which leads to the advanced material system called 

hybrid composites with a great diversity of material 

properties, is still in its infancy [2]. This is a major 

challenge that can only be met through an 

understanding of the relationships between materials 

architecture and mechanical response, as well 

observing microstructure formation.  

The literature covering research work in the 

field of mechanical properties of hybrid fibre 

reinforced composites include: Marom et al. [3] 

studied the hybridization i.e. positive or negative 

hybrid effect of a selected mechanical property from 

the rule of mixture behavior of carbon/carbon/epoxy 

and glass/carbon composites. None of the 

mechanical properties, excluding the fracture 

energies show signs of a positive hybrid effect. 

Manders and Bader [4] studied hybrid effect and 

failure strain enhancement of up to 50% for the glass 

fibre/carbon fibre/ epoxy composite. The authors 

considered different glass:carbon ratios and states of 

dispersion of the two phases. The failure strain of 

the carbon phase increased as the relative proportion 

of carbon fibre was decreased, and as the carbon 

fibres were more finely dispersed. Yerramalli and 

Waas [5] have considered carbon/glass hybrid 

composite with an overall fibre volume fraction of 

30%. With varying carbon/glass fibre ratios, 

maintaining same fibre volume fraction, ranging 

from pure glass to pure carbon including hybrid 

laminates were tested for compression loading to 

study the failure mechanisms. To study the failure 

mechanisms, modeling like iso-stress and iso-strain 

models were considered. Splitting and kinking 

failures were noted while loading the hybrid 

laminates under static and dynamic loading rates. 

Zhang et al. [6] studied mechanical performance for 

a hybrid composites made of carbon/glass 

reinforcements, and the processing method used is 

“wet lay-up” which is not a best practice for 

obtaining high quality laminates. Five different lay-

up schemes were considered: [C]8, [C2G2]s, [CG3]s, 

[CGCG]s and [G]8, where C and G denote carbon 

fibre and glass fibre respectively. The five laminate 

series were tested under static loading - tensile, 

compression, and 3-point bending. With the 

glass/carbon (50:50) hybrid composition, the 

stacking sequence did not show noticeable influence 

on the tensile properties but affected the flexural and 

compressive properties significantly. The current 

composite system exhibited more matrix failure 

under flexural loading and more reinforcement 

failure under compressive loading. 

To get more insight about the hybrid 

composite performance, standard epoxy matrix 

material and uni-directional (UD) hybrid fabric 

consists of glass and carbon fibres are considered. 

The ratio of glass fibres to carbon fibres was varied 

to get a range of hybrid ratios, starting from pure 

glass to a mixture of glass and carbon and to pure 

carbon. The carbon/glass fibres/epoxy UD hybrid 

composites were made by fabrics and by filament 

winding techniques. Reference laminates of glass 

fibre/epoxy and carbon fibre/epoxy were made by 

filament winding technique. The comparisons are 
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made to evaluate fibre architecture and its 

parameters influence on tensile and compression 

properties.  

 

2 Materials and Manufacturing  

2.1 Materials  

Materials used in the current study include 

commercially available epoxy resin, from DOW 

Airstone (760E/766H).  The reinforcement materials 

used are commercially available carbon/glass hybrid 

fabric, carbon fibre and glass fibre rovings. Raw 

material suppliers include hybrid fabrics from 

Devold AMT AS - Norway, carbon fibre rovings 

from Zoltek Panex 35 (50K tow) with a Young's 

modulus in tension 242 GPa, and glass fibre rovings 

from PPG Hybon 2026 (2400 tex) with a Young's 

modulus 82.7 GPa. The overall fibre volume fraction 

of the composites was approximately 50%. 
 

2.2 Manufacturing 

Both hybrid and non-hybrid composite laminates 

were manufactured by using the standard processing 

technique “vacuum infusion” as shown in Fig. 1.  
 

2.2.1 Fabric - Hybrid composites 

Most research and technological developments in 

textile industry show new fabric designs, which have 

been implemented in hybrid fabric developments. 

Hillermeier [7] demonstrated new hybrid fabric 

performances for the development of large turbine 

blades. In the current study of carbon/glass hybrid 

composites, hybrid reinforcement layers (fabric) as 

shown in Fig. 1b were stacked on to a mould 

followed by infusing the epoxy resin under vacuum.  
 

2.2.2 Filament wound - Hybrid composites 

Several researchers implement filament winding 

procedure as a start, to develop any composite 

systems with new fibre reinforcements in order to 

check the laminate performances. The fibres are 

wound on to a metal frame, developing a fibre 

pattern of uni-directional fibres as shown in Fig. 1a 

for the manufacturing of hybrid carbon/glass 

reinforced epoxy laminates. The pre-processing step 

provides a better fibre alignment through the 

absence of backing material and stitching yarns 

yielding reference laminates for comparison to 

fabric based hybrid laminate. The infused laminates 

were cured at elevated temperature, demoulded and 

post cured to reduce any residual stresses. 

 

 

         
            Figure 1. a. Filament winding setup   

                            b. Carbon/glass hybrid fabric  

                            c. Vacuum infusion process trails 
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2.2.3 Filament wound – Reference composites 

The non-hybrid composites were made by filament 

winding, as described in section 2.2.2. The glass 

fibre rovings were wound on to a metal frame and 

infused with the epoxy resin. Similarly to develop 

carbon/epoxy laminates, carbon fibre rovings were 

wound on to a metal frame and infused with the 

epoxy. The infused laminates were cured at elevated 

temperature, demoulded and post cured. These 

laminates form reference laminates in order to 

compare the mechanical performances of the 

carbon/glass/epoxy hybrid composites.  

 

2.3 Quality control  

Hybrid laminates produced by vacuum infusion 

technique are evaluated for quality. Both the 

composites density and constituents of hybrid 

composites were evaluated. Table 1 demonstrates 

the quality of the laminates produced. Hybrid 

laminates made by fabrics gave slightly higher 

porosities compared to filament wound laminates, 

but the values are still in the acceptable range. In 

general less than 2% porosities are considered as 

high quality laminates. Therefore the laminates 

considered in the current study are of high quality, 

as shown in Fig. 2, and can perform better while 

loading them.  

 

 
 

Figure 2. Microscopic image for a hybrid fabric                        

carbon/glass/epoxy composite 

Table 1. Experimentally determined density and volume 

fractions of the composite constituents  
 

Sl. 

No. 

Laminate Tow 

ratios  

 

Carbon: 

Glass 

Density 

 

(g/cm3) 

Carbon 

fibre 

 

(Vol. %) 

Glass 

fibre 

 

(Vol. %) 

Porosity 

 

 

(Vol. %) 

1 Carbon/glass/ 

epoxy 

(Fabrics ) 

1:4 1.73 17.8 ± 0.2 32.0 ± 0.2 1.1 ± 0.4 

2 Carbon/glass/ 

epoxy 

(Filament 

wound) 

1:4 1.84 20.6 ± 0.7 37.8 ± 1.0 0.0 ± 0.1 

3 Glass/epoxy 

  

0:1 1.99 - 58.7 ± 0.9 0.0 ± 0.1 

4 Carbon/epoxy 

 

1:0 1.51 53.0 ±0.2 - 0.1 ± 0.2 

 

3 Mechanical Characterizations 

The uni-directional composites (both hybrid and 

non-hybrid laminates) were considered for 

measuring its mechanical performance under tensile 

and compression loading.   

3.1 Tensile Tests 

Tensile tests are performed according to standard 

ISO 527 [8]. A servo-hydraulic Instron universal 

testing machine with a load cell 100 kN was used 

with a constant displacement rate of 1.5 mm/min 

throughout the test. The strain measurements were 

made with mechanical extensometers of 50 mm 

gauge length clamped directly on both sides of the 

test specimen. The outputs of the extensometers 

were handled via a strain gauge amplifier unit. The 

test setup and test specimen before the test and after 

the test can be seen in Fig. 3a. Around 10 specimens 

were tested in each series of laminates for measuring 

the tensile properties. The average tensile data for 

hybrid and non-hybrid composites are shown in 

Table 2.  

 
Table 2. Tensile properties - hybrid and non-hybrid composites 
 

Sl. 

No

. 

Laminate Volume 

fraction 

 

(%) 

Thick 

 

 

(mm) 

Tensile 

modulus 

 

(GPa) 

Tensile 

strength 

 

(MPa) 

Strain 

to 

failure 

(%) 

Hybrid Laminates 

 

 

1 Carbon/glass/ 

epoxy 

(Fabrics)  

17.8 (C) 

32.0 (G) 

3.4 58 920 1.5 

2 Carbon/glass/ 

epoxy 

(Filament 

wound) 

20.6 (C)  

37.8 (G) 

3.0 72 966 1.3 

Non-Hybrid Laminates  

 

 

3 Glass/epoxy  58.7 2.9 48 1023 2.4 

4 Carbon/epoxy 53.1 3.4 110 1337 1.2 
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Stress-strain graphs shown in Fig. 3b demonstrate 

the comparison between hybrid and non-hybrid 

laminate performances in tensile loading. As 

described in section 2.1, the modulus quoted by the 

material supplier for carbon and glass fibres are 

242GPa and 82.7GPa; back-calculating the carbon 

fibre and glass fibre modulus from the tensile data of 

non-hybrid composites give 205GPa and 79GPa. 

This shows glass fibre modulus is nearly equal to 

supplier’s value whereas for the carbon fibre the 

modulus obtained is less than supplier value. The 

carbon fibre modulus can vary depending upon the 

degree of the graphite structure alignments at 

microstructure level.    

 

 
 

 
 

Figure 3. a. Tensile test setup with mechanical 

extensometers and specimen, before and after test  

b. Comparison of stress-strain graphs – hybrid and 

non-hybrid carbon/glass composites 

 

 

Figure 4.a. Test specimen fixed in the MCL fixture. 

b. Specimens before and after the compression test 

c. Comparison of stress-strain graphs – hybrid and non-

hybrid carbon/glass composites 

 

3.2 Compression Tests  

Compression tests are performed according to 

standard ISO 14126 [9]. An Instron test machine 

with a test fixture developed at Risø DTU [10] i.e. 

Mechanically Combined Loading (MCL) 
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compression fixture was used for testing hybrid and 

non-hybrid composites. All test specimens were 

mounted with strain gauges on both sides of the 

specimens to observe test specimen bending ratio. 

The test setup and test specimen before the test and 

after the test can be seen in Fig. 4b. Around 10 

specimens were tested in each series of laminates for 

measuring the compression properties. The average 

data for hybrid and non-hybrid composites are 

shown in Table 3.  
 

 

Table 3. Compression properties - hybrid and non-hybrid composites 
 

Sl. 

No. 

Laminates Volume 

Fraction 

(%) 

Compre 

Modulus 

(GPa) 

Compre 

Strength 

(MPa) 

Strain to 

Failure 

(%) 

Hybrid Laminates 

 

1 Carbon/glass/epoxy 

(Fabrics) 

17.8 (C) 

32.0 (G) 

56 540 1.0 

2 Carbon/glass/epoxy 

(Filament wound) 

20.6 (C)  

37.8 (G) 

67 657 1.1 

Non-Hybrid Laminates  

 

3 Glass/epoxy 58.7 49 820 1.7 

4 Carbon/epoxy 53.1 104 900 1.0 

  
The stress-strain graphs shown in Fig. 4c give a 

better comparison for the compression loading 

performance of hybrid and non-hybrid composites. 

The width of the specimens is considered based on 

unit cell calculations. Since the carbon fibre rovings 

are placed in between the glass fibre rovings in the 

design of the fabric structure, the unit cell width 

considered in the current study is 14.8mm which is 

the distance from one carbon fibre rovings to 

another carbon fibre rovings (three glass fibre 

rovings are next to one carbon fibre rovings). This 

helps to include one carbon fibre roving in each test 

specimen as shown in the Fig. 4b to ensure that the 

test is performed on hybrid coupons. For filament 

wound specimens the width of the coupons is 20mm, 

and this includes both carbon and fibre rovings. The 

non-hybrid (glass/epoxy and carbon/epoxy) 

specimens are prepared as per standard with a 

specimen width of 15mm. As per standard the 

modulus measured from the experimental data are in 

the range of 0.05 – 0.25% strain. The data obtained 

from the test shows if any bending occurs while 

loading the specimen, by evaluating the bending 

ratio. The bending ratio is defined based on the 

strain measurements obtained back to back on the 

specimen. If the bending ratio is very high (greater 

than 0.1) the results were discarded.  

4 Results and Discussions  

The ratio of glass fibres to carbon fibres were varied 

to get a range of hybrid ratios starting from pure 

glass to a mixture of glass and carbon and to pure 

carbon. The mix fibre ratio considered in the current 

study is 4:1 (4 glass roving, 1 carbon roving) which 

is 0.35 by volume. Laminates made with this mix 

ratio were considered to study the tensile and 

compression characteristics.  

Fig. 3b and Table 2 demonstrates the 

comparison between hybrid and non-hybrid 

composite performances in tensile loading. Stress-

strain graphs show the carbon/epoxy composites fail 

at lesser strain to failure compared to glass/epoxy 

laminates. Strain to failure for the carbon/epoxy 

specimens are recorded half of the values compared 

to the glass/epoxy specimens. For hybrid cases the 

tensile properties fall in between non-hybrid 

(reference) composite properties. Among the hybrids 

the filament wound composites show little better 

tensile strength and stiffness compared to hybrid 

fabrics.  

Compared to tensile, compression properties 

are significant in any composite product design. The 

compression properties recorded experimentally are 

given in Table 3 and the stress-strain plots for the 

hybrid and non-hybrid composites are shown in Fig. 

4c. Both glass/epoxy and carbon/epoxy show nearly 

equal compression strength whereas strain-to-failure 

is less for carbon/epoxy compared to glass/epoxy. 

This is mainly due to carbon fibres.  For both hybrid 

composites the compression properties are recorded 

in between glass/epoxy and carbon/epoxy 

composites. The hybrid fabric composite 

performance in compression loading is not similar to 

hybrid filament wound samples. This show the fibre 

architecture plays a significant role in compression 

loading. In the present case, the fabrics contain 

backing threads to hold carbon and glass fibres in 

place to form a weave structure. In the filament 

wound samples, both glass and carbon fibre rovings 

are wound on to a metal frame and then infused 

without any additional backing threads (see Fig. 1b). 

Therefore the alignment of fibres is more accurate 

with 0 deg orientation compared to fabrics. Even if 

small degree of mis-oreintation exits in fabrics prior 

to infusion or during the processing trials, laminates 

will finally demonstrate poor performance in 

compression loading [11]. Comparing the stress 
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levels for the hybrids, the fabric based specimens 

recorded lesser strength and strain to failure 

compared to filament wound specimens, see Fig. 4c.  

From the bar chart shown in Fig. 5a, the 

trend in the increase in modulus (both tensile and 

compression) can be seen from glass/epoxy to 

carbon epoxy. From the literature it is known for 

composites, that the compression modulus is either 

equal to or less than the tensile modulus. Current 

experimental study demonstrates the same trend. 

Comparison of tensile and compression strength for 

the hybrid and non-hybrid composites can be clearly 

seen in Fig. 5b. As expected the tensile strength is 

higher than the compression strength for the 

specimens considered. Fig. 5c indicates variation of 

stiffness versus fibre mix ratio for hybrid and non-

hybrid composites. This helps to consider correct 

proportion of carbon:glass for achieving higher 

stiffness values.   

The above discussions indicate fibre 

architecture and its parameters have significant 

influence on compression properties. Moreover 

filament wound specimens give a better 

understanding compared to fabric based composites, 

while tested for their tensile and compression 

properties.  

 

5 Conclusions  

The paper presents a preliminary study on hybrid 

and non-hybrid composite performances and its 

comparison. The results demonstrate that both 

hybrid composites made by fabrics and filament 

wound fibre configurations perform similarly in 

tensile loading whereas in compression loading 

filament wound laminates show better performance 

compared to hybrid fabrics. The performances of 

non-hybrid composites are relatively better and 

demonstrate clear boundaries for glass fibre 

reinforced epoxy and carbon fibre reinforced epoxy, 

while comparing tensile and compression properties. 

Optimizing fibre architecture and its parameters is 

also significant for developing new hybrid fabrics 

for composite product developments. This 

demonstrates there is a need for development of 

compatible fabrics and the sizing for both carbon 

and glass fibre reinforcements suitable for epoxy and 

polyester resin systems. 

 

 

 
 

 

Figure 5.a. Bar graph demonstrating the    

comparisons of hybrid and non-hybrid stiffness 

b. Bar graph demonstrating the comparisons of hybrid 

and non-hybrid composite strengths  

c. Modulus versus fibre mix ratio by volume 
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1 Introduction

The field of application of short fiber reinforced com-
posites (SFRC) has been steadily growing in the past
years. The main reason for this trend is the increasing
effort to build light-weight parts with a higher effi-
ciency or more comfortable use. Due to the relatively
ease of manufacturing and the low costs, SFRC, es-
pecially with a polymeric matrix, are very attractive
for this purpose. The actual reinforcing effect of the
fibers depends strongly on the relation between the
aspect ratio of the fibers and their orientation. In par-
ticular, the orientation of the fibers is influenced by the
manufacturing process. Commonly, these composites
are manufactured through injection or compression
molding.
Even though, SFRC are used for more and more appli-
cations, a robust dimensioning of light-weight struc-
tures with reinforced materials is still a challenging
task. This is due to the fact, that SFRC show hetero-
geneities on different length scales concerning micro-
structural properties like fiber volume fraction and fiber
orientation distribution. In consequence of the com-
plex material behavior, this class of materials can only
partially be modeled by phenomenological approaches.
FE2 schemes cannot effectively be applied for real mi-
crostructures of SFRC since the computational time is
prohibitive for appropriate spatial discretizations.
In this paper, different micromechanically based mean
field approaches are utilized in order to model a com-
posite material consisting of 30wt.-% of glass fibers
reinforcing a polypropylene matrix (PPGF30). The
models operate on real microstructure data from micro-
computer tomography (µCT) measurements, which are
used to extract the aspect ratio and the orientation of
the fibers. The effective linear elastic properties are

determined by different homogenization schemes, and
are compared with experimental results out of tensile
test.

2 Experimental Setting

2.1 Preparation of Specimen and Tensile Tests

In order to evaluate the elastic properties and the mi-
crostructure of PPGF30, thin plates have been manu-
factured through an injection molding process. The
geometry of these plates accounts for the manufactur-
ing process and allows a mainly homogeneous filling
of the plate cavity [4]. This geometry and its measures
are shown in Fig. 1. The material has been injected via
a triangular gating system (A). The specimen for the
tensile test and for the µCT measurement have been
prepared from the rectangle section (B).

t = 2.5mm

A

B

80mm

80mm
0○

90○
45○

Injection

Fig. 1: Orientation of specimen within an injection
molded plate.

Since in case of PPGF30 an anisotropic material be-
havior can be expected [2, 7, 15, 25], tensile specimens
have been prepared with three different orientations
out of these plates: in the main flow direction of the
material (0○), in the transverse direction (90○) and in
a third direction (45○) (see Fig. 1). In terms of pure
polypropylene, an isotropic material behavior can be
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assumed and thus, only specimen with 0○ orientation
have been considered. The geometry of the tensile
specimen has been chosen according to [22] and is
given in Fig. 2.

20
m

m

12mm

80mm

12mm

20mm

t = 2.5mm

Fig. 2: Geometry of the tensile specimen.

The tensile tests have been performed with the mate-
rial testing machine Z020 by Zwick-Roell. The de-
formation has been observed by using 2D digital im-
age correlation [23]. The mean elastic properties of
five experiments with PPGF30 specimens and pure PP
specimens, respectively, are summarized in Tab. 1. The
experimental results for PP serve as isotropic matrix
properties in the homogenization procedure described
in section 3. In terms of the glass fibers, experiments
have not been performed. For the homogenization,
isotropic elastic properties of glass have been taken
from literature [26] and are also listed in Tab. 1.

Tab. 1: Measured linear elastic properties for PP and
PPGF30; elastic constants for glass from [26].

E [GPa] ν

Glass 73.0 0.22
PP 1.665 0.364
PPGF30 (0○) 4.482 0.271
PPGF30 (90○) 3.452 0.217
PPGF30 (45○) 3.540 0.304

2.2 Computer Tomography Measurements

It is generally known, that the microstructure signifi-
cantly affects the mechanical behavior of composites
[14, 27]. Besides optical methods [3, 8, 11, 12, 13, 19],
µCT measurements can deliver high-resolution infor-
mation about the microstructure [6]. Especially for
SFRC, the orientation distribution of the fiber axes and
the fiber aspect ratios are the dominant characteristics
governing the effective material behaviour. They are
considered in the following homogenization procedure.
In a first step, a µCT measurement has been performed.

For this purpose, the cylindrically shaped specimen
with the diameter D = 4mm has been extracted from
the central position of the injection molded plate in
Fig. 1. The measurement itself has been performed
on a SkyScan 1072-100 CT apparatus, using its max-
imum resolution of 1.8µm. While the specimen is
rotating around its vertical axis, it is exposed to x-rays.
With each full rotation, the sample is analyzed in small
steps on the vertical axis, resulting in a layer wise
voxel information of the density distribution. For a
detailed description of the µCT measurement proce-
dure, the reader is referred to literature [5, 6, 10]. In a
second step, the 3D voxel data has been analyzed by
an in-house tool, which determines the position, the
direction, the length, and the diameter of a statistically
representative set of the fibers. This data can be used
for reconstructions of the microstructure, as shown
in Fig. 3. In the following, the reconstructed data is
referred as segmented µCT data.

Fig. 3: Reconstruction of segmented µCT data for
PPGF30.

2.3 Analysis of Microstructure

Usually, the manufacturing of injection molded thin
plates, made of SFRC, results in a cross section,
the microstructure of which shows three characteris-
tic sections: Near the walls of the plate, the fibers
are mainly oriented in flow direction of the material,
but in the core section, the orientation of the fibers
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is predominantly perpendicular to the flow direction
[16, 17, 20, 21]. This observation is also apparent
from the reconstruction of the µCT data in Fig. 3. In
order to gain a deeper insight into the properties of
the microstructure, the segmented µCT data has been
analyzed in 20 layers. For each layer, the mean length
l̄α and the orientation characteristics in terms of the
second-order orientation tensors Aα defined by

Aα = Nα∑
β=0ωβ nβ ⊗nβ (1)

have been calculated (see [1]). In the last equation, Nα

is the number of fibers in layer α, and ωβ is a weight,
which is correlated with the volume fraction of the fiber
with the axis direction nβ . The mean lengths l̄α, the
trace components (A11, A22, A33,) and the eigenval-
ues (λ1, λ2, λ3) of Aα are shown in Fig. 4 to 6 for the
segmented µCT data. From Fig. 4 it is obvious, that
the mean length distribution is not constant through the
thickness of the plate. In particular, the mean lengths
of the layers near the top and bottom wall are slightly
higher, than those in the core section. The overall mean
length amounts to 330µm and is marked in Fig. 4 with
a red line.
As expected from experimental observations, the fiber
orientation distribution is not constant through the
thickness. In Fig. 5, the trace components A11, A22

and A33 of the second-order orientation tensor Aα of
each layer are shown. Fig. 6 shows eigenvalues of
the same orientation tensors Aα. Both diagrams make
clear, that there indeed exists a section in the middle
of the specimen with a fiber orientation perpendicular
to the major flow direction of the material during the
manufacturing process. Especially for the layers 10-12,
this fact can be observed. Otherwise, near the top and
bottom wall, layers 19-20 and layers 1-2, respectively,
the fibers are mainly oriented in the flow direction.
Usually, only the trace components A11, A22 and A33

of Aα are shown in literature in order to describe the
anisotropy of the orientation of the fibers [18, 28].
Comparing the trace components and the eigenvalues
of the orientation tensor Aα of the 8th and 14th layer
reveals, however, that the orientation information is by
far not complete if only A11, A22 and A33 are given.
For both layers, these quantities suggest a planar
isotropic distribution of the fibers. Fig. 6 reveals, that
for layer 14, indeed a planar isotropic distribution can
be found, which is not the case for layer 8.

0 5 10 15 20
280

300

320

340

360

l̄ α
[µm
]

α

Fig. 4: Mean length l̄α (●) of each layer and the whole
dataset (−).

0 5 10 15 20
0.

0.2

0.4

0.6

0.8

1.
A
(ii)

α

Fig. 5: Trace components of Aα: A11 (∎), A22 (●),
A33 (▴).

0 5 10 15 20
0.

0.2

0.4

0.6

0.8

1.

λ
i

α

Fig. 6: Eigenvalues of Aα: λ1 (●), λ2 (∎), λ3 (▴).

The stereographic projections of all fiber axis orien-
tations of layers 8, 11 and 14 in Fig. 7 to 9 confirm
the foregoing results. In the pole figures, the out of
plane direction corresponds to the filling direction of
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the composite during the injection molding process.
In the pole figure for layer 8 (Fig. 7), it can be seen,
that there exists a preferred orientation of the fibers,
which is not captured by the trace components of A8.
In contrast to the approximately planar isotropic orien-
tation distribution in layer 14, the pole figure of layer
11 shows an obvious alignment of the fibers in the
transverse direction.

Fig. 7: Stereographic projection of fiber axes for
layer 8.

Fig. 8: Stereographic projection of fiber axes for
layer 11.

Fig. 9: Stereographic projection of fiber axes for
layer 14.

The pole figure of the complete segmented µCT data
in Fig. 10 discloses, that the orientation distribution in
the whole is only approximately planar isotropic. First,
there exist fibers, which are aligned in normal direction

of the plate. Second, within the plane of the plate, a
preferred orientation not equal to the flow direction
can be noticed. The values for the mean length l̄, the
trace components A11, A22, A33 and the eigenvalues
for the complete dataset are summarized in Tab. 2.

Fig. 10: Stereographic projection of fiber axes of the
segmented µCT data.

Tab. 2: Number of fibers N , mean length l̄, standard
deviation of length σl̄, trace components and eigenval-
ues of A for the segmented µCT data.

N 6355
l̄; σl̄ 330.18; 167.4
A11, A22, A33 0.392; 0.584; 0.024
λA 0.635; 0.341; 0.024

3 Linear Elastic Properties

To predict the effective elastic properties of the com-
posite described and analyzed in the previous sections,
two different micromechanically based mean field ap-
proaches have been applied: the self-consistence (SC)
homogenization method according to [29], and a two-
step bounding method.

3.1 Self-Consistence Homogenization Method

To apply the SC method, the microstructure of a fiber
reinforced composite like PPGF30 can be character-
ized by a distinct matrix and N fibers with the stiffness
tensors CM and Cα, respectively. Each fiber, consti-
tuted by the fiber axis nα and the fiber aspect ratio aα,
is separately used in the SC scheme.
Following [29], the effective elastic stiffness C̄ can by
calculated exactly for the given composite by

C̄ = CM + N∑
α=1 cα (Cα −CM)Aα. (2)

In the last equation, cα is the volume fraction of each
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fiber, and the fourth-order tensor Aα is called strain
localization tensor. For ellipsoidal inclusions, Aα is
available explicitly. With the approximation of the
commonly cylindrical fibers through ellipsoids and the
assumption, that each fiber is embedded in an infinite
homogeneous matrix consisting of the effective ma-
terial CSC, the strain localization tensor Aα depends
on the effective material CSC, the fiber material Cα,
the orientation of the fiber axis nα and the fiber aspect
ratio aα:

Aα = A(CSC,Cα,nα, aα)
= (Is + PSC

0 (Cα −CSC))−1
. (3)

PSC
0 is called polarization tensor. This quantity de-

pends on the geometry of the ellipsoidal representation
of the fiber and the effective material CSC (see [29]).
Combining equation (2) and (3), and replacing the ex-
act C̄ with the approximating CSC gives the implicit
conditional equation for the effective linear elastic stiff-
ness:

CSC = CM + N∑
α=1 cα (Cα −CM)Aα. (4)

This equation is solved numerically using a damped
Newton-Raphson method within a Fortran program.

3.2 A Two-Step Bounding Method

Alternatively to the SC homogenization method, two-
step bounding methods for the estimation of the ef-
fective elastic properties of the composite are applied.
In the first step, the matrix material is subdivided and
assigned to the fibers. The volume fraction of the
matrix attributed to each fiber corresponds to the vol-
ume fraction of the fiber cα with respect to the total
fiber volume cF. Each pair of a fiber and the surround-
ing matrix material is homogenized by applying the
unidirectional (UD) special case of the second-order
Hashin-Shtrikman (HS) bounds [24]:

CUD
α = CM + cα

cF
(Cα −CM)Aα. (5)

Again, Aα is the strain localization tensor, but in the
context of the bounding method, it does not depend
on the effective material like in equation (3) but on a
comparison material C0:

Aα = (Is + PUD (Cα −C0))−1
. (6)

The polarization tensor PUD is explicitly known for
the UD case [24]. Identifying the comparison material
C0 with the matrix and the fiber material, gives lower
CUD−
α and upper bounds CUD+

α , respectively.
As a result of this approach, one obtains the effec-
tive bounds CUD

α for the quasi-coated fibers, called
domains in the following. The elastic behavior of the
domains is transversely isotropic. The homogenization
of the elastic behavior of the aggregate of domains
is done with two different methods. First, the simple
Voigt and Reuss bounds are applied. The correspond-
ing stiffness tensors are denoted by CHS+V and CHS−R,
respectively:

CHS−R = ( N∑
α=1

cα
cF

(CUD−
α )−1)−1

, (7)

CHS+V = N∑
α=1

cα
cF

CUD+
α . (8)

Second, a HS bounding technique is applied assum-
ing isotropic two-point correlation functions [24]. The
lower bound for the domains is homogenized with the
lower HS bound for the aggregate, whereas the upper
bound is homogenized with the upper HS bound. The
corresponding stiffness tensors are denoted by CHS++
and CHS−−, respectively:

CHS± = ( N∑
α=1

cα
cF

CUD±
α A±

α)M−1, (9)

with

A±
α = (Is + P0(CUD±

α −C±
0))−1

, (10)

M = N∑
β=1

cβ

cF
(Is + P0(CUD±

β −C±
0))−1

. (11)

Now, P0 is the polarization tensor for a spherical inclu-
sion, which is embedded in a matrix with the material
C±

0 . In case of the upper HS bound, for this mate-
rial the maximum isotropic part of all CUD+

α is taken.
Otherwise, for the lower HS bound of the aggregate,
C±

0 is equal to the minimum isotropic part of all CUD−
α .

4 Results

The isotropic modeling of the constituents of the con-
sidered composite has been performed with the four
elastic constants from Tab. 1 for PP and glass. Us-
ing the segmented µCT data in combination with the
methods described in the previous section, the effective
anisotropic stiffnesses have been determined.
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In order to compare the elastic properties of the com-
posite for each homogenized elastic stiffness, the
direction-dependent Young’s modulus has been cal-
culated and evaluated in the corresponding directions
(see [9]):

1

E (d) = d⊗ d ⋅ S [d⊗ d] . (12)

In the last equation, d is the direction vector, which
has been parameterized with spherical coordinates
d = d(ϑ,ϕ). The graphical representation of this quan-
tity is called isospherical projection of the Young’s
modulus. In Fig. 11, the isospherical projection of
the Young’s modulus for the effective stiffness of the
SC method is shown exemplarily. In this diagram, the
value of the Young’s modulus is indicated by the length
of a vector from the origin to a certain point on the
displayed surface. Therefore, the negative values on
the coordinate axes in Fig. 11 and in similar figures do
not result in negative Young’s moduli.

Fig. 11: Graphical representation of direction depen-
dent Young’s modulus.

For the results shown in Fig. 12, the direction depen-
dent Young’s modulus has been evaluated in the main
flow direction of the material during the manufactur-
ing process (E1), the transversal direction (E2), and
the 45○ direction (E3). Due to the anisotropic distri-
bution of fibers, the Young’s modulus in the +45○ or−45○ direction is not equal in the latter case. Since
experimental measurements are only available in on
direction, the mean of both values is used for E3 with
the intent to compare the experimental result.

2

4

6

8

E
[GP

a]

E1 E2 E3

Fig. 12: Young’s modulus in 0○ (E1), 90○ (E2) and
45○ direction (E3) for the segmented µCT-data for SC
(●), HS-R/HS+V (◆,◾), HS–/HS++ (▴,▾), Exp. (×)

In this diagram, the experimental values are marked
through a red cross and are located between the bound-
ing values. The SC results are also located between
the bounding values. In all directions, the difference
between the two lower or upper bounds of the differ-
ent two-step approaches EHS−R (EHS+V) and EHS−−
(EHS++) is small. The Young’s modulus values for
the two-step method, whereby in each step the HS ap-
proach is used, EHS−− and EHS++ are slightly closer
to each other then EHS−R and EHS+V. The difference
is, however, not significant. The SC method predicts
in all cases a greater Young’s modulus compared to
experimental results.
In Fig. 13, the deviation, defined by

Ω = ∣Ehom −Eexp∣
Eexp

, (13)

of SC results to the experimental measurements is
shown. Depending on the orientation, the deviation
ranges between 8% in 0○ direction and 17% in 45○
direction.
In order to reveal the effect of the homogenization
procedure on the anisotropy of the predicted material
behavior, the ratios E2/E1, E3/E1 and E2/E3 have
been calculated for experimental and homogenized val-
ues of E(d). In Fig. 14, the ratios of the numerical
data are compared to the ratios of experimental data.
Thus, an exact match of the simulated anisotropy ratio
would lie on the diagonal in this diagram. Ratios lying
above the diagonal line, indicate an under-estimation
of the anisotropy. Otherwise, ratios below the diago-
nal line indicate an overestimation of the considered
anisotropy, and ratios equal to one stand for vanishing
anisotropy.
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Fig. 13: Deviation of numerical results vs. experi-
ments of the Young’s modulus in flow (E1), transversal
(E2) and 45○ direction (E3)

All homogenization methods predict a smaller
anisotropy for E2/E1 and E3/E1. A higher anisotropy
is predicted for E2/E3. Especially for E2/E1 and
E3/E1, the SC method matches the anisotropy better
than the two-step approaches. However, the results of
the two-step methods for E2/E3 show a better predic-
tion of the experimental data than those of SC. It is
interesting to notice, that the ratios of the lower bounds
of the two step methods are closer to experimental ra-
tios than those of the upper bounds, whereas the latter
are on an similar elevated level in all directions, being
an indicator for a close to isotropic symmetry.

0.75 0.8 0.85 0.9 0.95 1.

0.75

0.80

0.85

0.90

0.95

1.00

E2/E1

E3/E1

E2/E3

Eexp
α /Eexp

β

E
sim α
/Esim β

Fig. 14: Anisotropy of Young’s Modulus for the seg-
mented µCT data: ESC

α /ESC
β (●), EHS−R

α /EHS−R
β and

EHS+v
α /EHS+V

β (∎), EHS−−
α /EHS−−

β and EHS++
α /EHS++

β

(▴), experimental ratios (◯).

In a more qualitative manner, the anisotropy of the

resultant Young’s modulus can be analyzed through
observations of the shape of its isospherical projection.
Fig. 15 to 17 present the directional-dependent Young’s
modulus in the x-z-, y-z- and x-y-plane. Since the ten-
sile tests have been performed with specimens prepared
in the x-y-plane, the available experimental data can
be added to the isospherical projection of the Young’s
modulus shape curves in Fig. 17. In this plane, as
well, it is visible, that there is no distinct value for
the Young’s modulus in ±45○-direction. All plane rep-
resentations reveal the circumstance, that the upper
bounds of the two step approaches do not reproduce
the anisotropy of the microstructure accurately. They
predict a more isotropic material behavior.

-8 -4 0 4 8
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E
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a]

E [GPa]

x-z-plane

Fig. 15: Orientation dependence of Young’s modu-
lus in the x-z-plane: SC (Ó), HS-Voigt/Reuss (Ó),
HS-HS (Ó).
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Fig. 16: Orientation dependence of Young’s modulus
in the y-z-plane: SC (Ó), HS-Voigt/Reuss (Ó), HS-HS
(Ó).
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Fig. 17: Orientation dependence of Young’s modu-
lus in the x-y- plane: SC (Ó), HS-Voigt/Reuss (Ó),
HS-HS (Ó), experiments (◯).

5 Summary and Concluding Remarks

In this paper, a composite composed of polypropylene
reinforced with 30wt.-% of short glass fibers has been
examined. The experimental procedures consisting of
tensile tests in three different directions and µCT mea-
surements of cylindrical specimen have been combined
with a stochastic fiber analysis method. The resulting
segmented µCT data, which describe a representative
amount of fibers in the specimen via the parameters
length, radius, and orientation, has been used within
two different mean field homogenization approaches
in order to predict the elastic properties. Therefore, the
approximating self-consistence method and a two-step
bounding method have been applied.
Based on the experimental results and their comparison
to the numerical calculations, following conclusions
can be made:

• The mechanical behavior of a PPGF30 under
quasistatic tension loading was thoroughly in-
vestigated by means of 2D digital image correla-
tion.

• The anisotropic nature of SFRC, which was eval-
uated by conducting experiments in different ma-
terial orientations, shows the great importance of
gaining detailed knowledge of the fiber configu-
ration for the dimensioning of the composite.

• The segmented µCT data allows for an accu-
rate observation of the microstructure of short
fiber reinforced composites. This includes the

analysis of the specimen in a layer-wise manner,
thereby delivering the variation of the fiber ori-
entation and fiber aspect ratio depending on the
position in the specimen.

• The discussed mean field homogenization ap-
proaches are capable of handling the segmented
µCT data and taking into account the anisotropic
distribution of the fiber axes, the length, and the
radius distribution. Operating on this discretized
data, the considered methods deliver anisotropic
elastic stiffnesses. The anisotropy is caused by
the microstructure properties.

• The two-step approach has been applied in
two variants: In the first step of both vari-
ants, the Hashin-Shtrikman bounds for unidirec-
tional aligned fiber domains are applied, while
in the second step, a simple averaging of the
stiffnesses or again a Hashin-Shtrikman pro-
cedure for polycrystal-like structures has been
used. Nevertheless, a comparison of the result-
ing Young’s modulus has revealed, that the dif-
ference between these two methods is not signif-
icant.

• In the discussed cases, the self-consistence ho-
mogenization method based on the segmented
µCT data predicts a stiffer material behavior
compared to experiments. Compared with
the two-step approach, the self-consistence
method gives the most accurate approximation
of the anisotropy of the experimentally measured
Young’s modulus.
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1 Introduction  

Transparent electrodes have been studied because of 

increasing demand for optoelectronics, such as solar 

cells and electronic displays. In many cases, this 

electrode must transmit visible light because it is 

applied directly onto the surface of a transparent 

substrate. Therefore, it is desirable for electrodes to 

exhibit high transparency and electrical conductivity. 

Various materials have achieved a combination of 

conductivity and transparency to satisfy the needs of 

these optoelectronic applications.  

Because of increasing demand for flexible and 

robust optoelectronic devices, alternatives to metal 

oxides for transparent electrodes are desired. Metal 

oxides such as indium tin oxide (ITO) have been 

widely used for more than a half century as the most 

prominent transparent electrodes due to low 

electrical resistance and high visible light 

transmittance [1-4]. However, despite having low 

sheet resistance and high transparency, these films 

have brittleness that easily leads cracks and poor 

adhesion by the thermal mismatch with polymer 

substrates [3-8]. The difference in thermal expansion 

coefficient and elastic properties of ITO films and 

polymer substrates results in large mechanical 

stresses. Flexing an ITO coated polyethylene 

terephthalate (PET) film causes stress cracks that 

reduce its electrical conductivity. Several studies 

have examined the effect of deflection on the 

resistivity of ITO on a PET or polycarbonate 

substrate, focusing on the relationship between 

cracking and electrical properties [3-5]. These 

studies show that cracks are initiated at a strain of 

1.28%, when films are stretched, and at a curvature 

of 10 cm, when films are bent. These limitations 

have led to extensive exploration of alternative 

transparent electrodes (i.e., ITO replacement). 

Another option is intrinsically conductive polymer, 

such as poly(3,4-ethylenedioxythiophene) (PEDOT), 

but it exhibits low transparency and unstable 

performance because of photo-oxidative degradation 

[9,10].  

The promising alternative to brittleness and low 

transparency is carbon nanotube (CNT) thin films. 

CNTs have been intensively studied because of their 

impressive electrical, thermal, mechanical, structural 

and chemical properties. Recently, functional CNT 

thin films have been investigated as electronic 

devices including transparent conductive thin films 

[11-13].  

A technique known as layer-by-layer (LbL) is 

examined here as a means of tailoring the optical 

transmittance and electrical conductivity of CNT-

based thin films. LbL has been widely used to make 

thin films with homogeneous and controlled manner. 

It is widely accepted that the multilayer buildup 

depends on the electrostatic attraction between 

oppositely charged molecules and the entropy gain 

from small counterions entering the water [14]. As 

shown in Fig. 1 (reproduced from [15]), this method 

produces thin films by harnessing electrostatic 

interactions through alternately exposing a substrate 

to positively and negatively-charged aqueous 

solutions at room temperature. The surface charge 

on the new surface is reversed because of 

overcompensation of the original surface charge 

after the adsorption of oppositely charged molecules. 

Repetitive adsorption cycles with pairs of other 

charged ingredients leads to growth of LbL films. 

The mechanism of LbL assembly is not limited to 

electrostatic attractions, but including hydrogen 
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bonding, weak electrostatic interactions with the aid 

of strong π–π interaction, various biochemical 

interactions, charge transfer interactions, and sol-gel 

reactions used to generate thin films [16-23].  

 

 

  
 

Fig. 1. Schematic of the layer-by-layer process that 

involves alternately substrate to cationic PDDA and 

DOC-stabilized anionic CNT mixtures, along with 

rinsing with deionized water and drying with filtered 

air. These steps generate one bilayer (BL) and are 

repeated to deposit thicker films (reproduced from 

[15]). 

 

 

One major advantage of LbL technique is the ability 

to incorporate several different materials into precise 

levels within sub-micron films. In addition to 

conventional polyelectrolytes, various functional 

materials have been assembled by electrostatic LbL 

assembly, including DNA and proteins, metal oxides, 

clay nanosheets, and nanotubes [24-28]. In addition 

to the versatile spectrum of LbL assemblies, 

operating parameters add to the versatility of film 

characteristics for each assembly. Parameters 

affecting LbL film growth include surface charge of 

the substrate, concentration of the solution, pH of 

the solution, deposition time, rinsing, drying, 

stacking sequence, humidity, temperature, etc. 

Additionally, the influences of stacking sequence, 

humidity, and operating temperature on LbL 

assemblies have been widely investigated. All of 

these parameters result in a combined effect, so 

precise control of parameters should be chosen for 

the optimal films. 

This study focused on improving the transparency 

and conductivity by alternately depositing CNTs as a 

thin film with a transparent polycation and a 

negatively charged stabilizer to well disperse 

individual CNT in the water solution. The ultimate 

goal is to develop high conductivity and transparent 

thin films capable of replacing ITO. In an effort to 

achieve true ITO transparency and sheet resistance, 

double-walled carbon nanotubes (DWNTs) 

stabilized with deoxycholate (DOC) were assembled 

with poly(diallyldimethyl ammonium chloride) 

(PDDA). Replacing SWNTs from previous studies 

with DWNTs provides lower sheet resistance due to 

greater metallic nature [29,30]. The optoelectronic 

behavior of these nanotube-based thin films was 

characterized before and after acid treatment. DOC 

is known to be a good surfactant for dispersion of 

individual nanotubes [31,32], with its negatively 

charged tail causing nanotubes to behave as 

negatively-charged particles, which facilitates LbL 

assembly [15,28,33]. Exposing nanotube films to 

strong acid has been shown to enhance conductivity 

[15,33].  

Although the mechanism of acid treatment for 

nanotube-based assemblies is still uncertain, the 

increase in electrical conductivity is believed to be a 

combination of acid anion doping [34,35] and 

removal of insulating materials (i.e., stabilizer and 

polymer) [36]. A 5 BL DWNT assembly exhibits a 

significant reduction in sheet resistance, from 309 to 

112 Ω/sq, after two minutes of exposure to HNO3 

vapor. This film is highly flexible, transparent, and 

electrochemically stable, making it a potential 

alternative to ITO. After 100 bending cycles, these 

films exhibit the same sheet resistance, but ITO-

coated PET increases two orders of magnitude. In 

addition to mechanical stability, cyclic voltammetry 

was used to demonstrate the electrochemical 

stability of these transparent electrodes. This 

combination of optoelectronic performance, 

mechanical flexibility, and electrochemical stability 
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make this a suitable candidate for a variety of 

applications requiring a transparent electrode. Also, 

the ability to tailor thin film resistance can be 

potentially useful for anti-static films and EMI 

shielding. 

 

2 Experimental 

2.1 Materials  

Purified electric arc SWNTs (0.5–3 μm length and 

1.4 nm diameter, C ≥ 90 wt%), synthesized using 

Ni/Y catalysts, from Carbon Solutions, were used as 

a base of comparison for HiPCO DWNTs (+1 μm 

length and ~3.0 nm diameter, C ≥ 90 wt%), 

purchased from Continental Carbon 

Nanotechnologies used in this study. PDDA, with a 

molecular weight of 100,000–200,000 g/mol, and 

DOC (C24H39NaO4, ≥98%) were purchased from 

Sigma-Aldrich. Fuming sulfuric acid (oleum, 

H2SO4·(SO3)x, 20% free SO3 basis), fuming nitric 

acid (HNO3, 99.5%), and fuming hydrochloric acid 

(HCl, 37%) were also purchased from Sigma-

Aldrich and used for acid treatment. All chemicals 

were used as received. PET (0.175 mm thickness) 

films were used as flexible substrates for CNT 

assemblies. A 100 Ω/sq ITO-coated PET sheet was 

purchased from Sigma-Aldrich and cut to size to 

measure the optical transmittance and the change in 

sheet resistance during bending cycles. 

 

2.2 Layer-by-Layer Assembly 

A cationic 0.25 wt% PDDA solution was prepared 

with 18.2 MΩ deionized water. 0.05 wt% CNTs 

were dissolved in deionized water containing 1 wt% 

DOC, followed by 10 W tip sonication for 20 min. 

Each cycle of LbL assembly consists of substrate 

immersion into an aqueous mixture, with rinsing and 

drying after each deposition, beginning with the 

cationic solution. Cycles were repeated to deposit 

the desired number of BLs. All films were stored in 

a dry box for a minimum of 12 hours prior to testing 

or acid treatment. A schematic of this LbL 

deposition process is shown in Fig. 1. For acid 

treatments, assembled CNT films were held in a 

saturated acid vapor environment. Three types of 

concentrated acids (fuming sulfuric, nitric, and 

hydrochloric) in petri dishes were maintained at 70 

°C with a water bath. After a 2 to 30 min exposure to 

acid vapor, the CNT films were rinsed with 

deionized water and dried with filtered air.  

 

2.3 Thin Film Characterization 

Thickness of assemblies was determined by 

averaging the values of at least five different 

positions using a PHE-101 Ellipsometer equipped 

with a 632.8 nm laser. Absorbance and transmittance 

were measured between 300 and 850 nm with a 

USB2000 UV-vis spectrometer. All absorbance 

values in the text are for one-sided coating (i.e., 

absorbance from slides coated on both sides was 

halved). Sheet resistance of nanotube assemblies on 

PET was measured with a Signatone Pro4 four-point 

probe system with 0.4 mm probe tip diameter and 

1.0 mm tip spacing. An Agilent E3644A DC power 

supply, a Keithley digital multimeter, and LabVIEW 

using a SCB-68 shield I/O connecter were used for 

voltage and current data collection. The Fourier-

transform infrared (FT-IR) spectra were obtained 

with an ALPHA FT-IR. Scanning electron 

microscopy (SEM) was performed with a Quanta 

600 FE-SEM at an operating voltage of 10 kV. Thin 

film cross-sections were imaged with a JEOL 1200 

EX TEM with an operating voltage of 100 kV. For 

TEM specimens, the thin films on PS substrates 

were embedded in an epoxy resin comprised of 

Araldite 502 (modified bisphenol A) and Quetol 651 

(ethylene glycol diglycidyl ether), along with 

dodecenyl succinic anhydride (DDSA) hardener and 

benzyldimethylamine (BDMA) accelerator (2:1:1 

mole ratio of Araldite 502:Quetol 651:DDSA and 

0.2 ml BDMA per 10 g of total weight), which were 

purchased from Electron Microscopy Sciences. The 

specimens were sectioned down to ~90 nm and 

placed on 300 mesh nickel grids to dry prior to 

imaging. An Epsilon 851 electrochemical 

workstation was used for cyclic voltammetry. A 

CNT- or ITO-coated PET electrode, platinum wire, 

and an Ag/AgCl (3M KCl) electrode were used as 

the working, counter, and reference electrodes, 

respectively. These measurements were performed 

at ambient temperature (22±2 °C) in 0.1 M Na2SO4 

solution that had been bubbled with N2 gas for more 

than 20 min prior to measurement. Cyclic 

voltammetry was performed between two potential 

limits, −0.2 and 0.8 V, at a scan rate of 100 mV/s.  
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3 Results and Discussion  

3.1 Growth and Microstructure of Assemblies  

Fig. 2 shows the linear growth of DWNT LbL 

assemblies up to 10 BLs, denoted as 

[PDDA/(DWNT+DOC)]n, where n is the number of 

bilayers deposited. The average thickness of one 

DWNT-containing BL is 4.4 nm, which is much 

thicker than the individual thickness of DWNT (1.5–

3 nm), suggesting that the DOC stabilizer and 

PDDA fully enveloped the DWNT network 

deposited. In agreement with film thickness, optical 

absorbance confirms that these CNT-based LbL 

assemblies grow linearly up to 10 BL. A 

[PDDA/(DWNT+DOC)]5 film on PET is highly 

transparent, with 84.2% transmittance at 550 nm, 

which is comparable to 84.6%T of ITO-coated PET, 

as shown in Fig. 3. These complementary 

measurements (ellipsometry and UV-vis) further 

suggest a constant concentration of DWNTs and 

polymer in every bilayer. 

 

 
 

Fig. 2. Thickness of PDDA/(DWNT+DOC) thin 

films as a function of the number of bilayers 

deposited. The solid lines are linear curve fits. 

Transmittance was calculated from absorbance data. 

White points are values after 20 min of exposure to 

nitric acid vapor (reproduced from [15]). 

 

 

 
 

Fig. 3.  (A) Photograph of a 100 Ω/sq single side 

ITO-coated PET and a 5 BL DWNT assembly on 

both sides of PET. (B) Optical image of 

[PDDA/(DWNT+DOC)]n (n = 1–5) assemblies on 

both sides of PET substrates. (C) Transmittance 

spectra of an ITO-coated PET and 

[PDDA/(DWNT+DOC)]n (n = 1−5) on PET. 

Absorbance of the LbL thin films, coated on both 

sides of PET was divided by two to produce the data 

shown here. The dotted lines are transmittance of 

[PDDA/(DWNT+DOC)]5 after sulfuric, nitric, or 

hydrochloric acid treatment (reproduced from [15]). 

 

 

Sheet resistance of [PDDA/(DWNT+DOC)]n and 

[PDDA/(SWNT+DOC)]n assemblies on PET was 

measured as a function of visible light transmittance, 

which decreased with increasing the number of BLs 

deposited, as shown in Fig. 4. Sheet resistance 

significantly decreases with increasing the number 

of BLs, along with a gradual decrease in %T. 

[PDDA/(DWNT+DOC)]10 thin films achieve sheet 

resistance as low as 127 Ω/sq (with 67.2% 

transmittance at 550 nm) at 10 bilayers, but this 

system is 1180 Ω/sq (with 93.5% transparency) at 

just two BLs. The PDDA/(SWNT+DOC) system 
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exhibits the same optoelectronic trend, with higher 

sheet resistance than, and similar transmittance to, 

the DWNT system. This reduction in sheet 

resistance is due to increased thickness and 

connectivity of the nanotube network. A 4 BL 

PDDA/(DWNT+DOC) film has the best 

optoelectronic performance of 413 Ω/sq and 87.3% 

transmittance, which meets the key criteria for touch 

screens (500 Ω/sq, 85% transmittance). 

 

 
 

Fig. 4. Optoelectronic performance, sheet resistance 

as a function of optical transmittance of the 

[PDDA/(SWNT+DOC)]n, [PDDA/(DWNT+DOC)]n 

systems (reproduced from [15]). 

 

 

SEM surface images of [PDDA/(DWNT+DOC)]6 

thin films, before and after nitric acid treatment, are 

shown in Fig. 5. What appears to be a bundled 

DWNT network is more clearly seen following acid 

treatment (Fig. 5(B)). DOC exfoliation of individual 

DWNTs in deionized water ultimately results in a 

uniform distribution on the substrate. During 

deposition, the nanotubes bundle somewhat due to 

their high concentration in the deposited film, which 

creates a strong network and high electrical 

conductivity. Before treatment (Fig. 5(A)), the 

surface of the film was covered by an insulating 

layer (polymer and/or surfactant) that made the 

DWNT network difficult to observe. After nitric 

acid treatment for 20 min, an extensive DWNT 

network was exposed due to removal of PDDA and 

DOC (Fig. 5(B)). This removal of insulating 

material enables more direct contact between these 

highly conductive nanotubes. It is also believed that 

HNO3 enhances conductivity through the formation 

of a charge-transfer complex between DWNTs and 

NO3
−
 layers around the individual nanotubes, which 

promote bundling into thicker nanotube ropes and 

improved alignment of these ropes. TEM cross-

sectional micrographs (Fig. 5(C) and 5(D)) illustrate 

a highly inter-diffused nanostructure, in which the 

dark and light grey areas are DWNT-rich and 

PDDA-rich regions, respectively, and the darkest 

black dots are catalyst impurities from the HIPCO 

process. In addition to highlighting thin film 

structure, the TEM images verify the inner diameter 

of an individual DWNT (~3 nm) and the negligible 

change in the [PDDA/(DWNT+DOC)]10 film 

thickness due to nitric acid treatment. 

 

 

 

Fig. 5.  SEM surface images of [PDDA/(DWNT+ 

DOC)]6 on PET (A) before and (B) after 20 min 

exposure to nitric acid vapor. TEM cross-sections of 

[PDDA/(DWNT+DOC)]10 (C) before and (D) after 

20 min treatment with nitric acid (reproduced from 

[15]). 

 

 

3.2 Influence of Acid Treatment  

Even when SWNT is replaced by DWNT, the sheet 

resistance of as-assembled nanotube films is higher 

than the requirement for replacing the best ITO. It is 

believed that excessive polymer and surfactant 

disrupt connections between CNTs. Strong acidic 

anions form a charge-transfer complex around 

individual CNTs. Additionally, strong acid removes 

insulating material from these PDDA/(CNT+DOC) 
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films. In the present study, films were exposed to 

acid vapor by heating the acid solution in a 70 °C 

water bath. Fig. 6 shows sheet resistance of DWNT 

assemblies after exposure to nitric, hydrochloric, or 

sulfuric acid vapor for increasing time periods. 

Nitric acid (b−e in Fig. 6) dramatically reduced the 

sheet resistance of as-assembled 5 BL PDDA/ 

(DWNT+DOC) thin films, from 309 to 107 Ω/sq, 

after a 10 min exposure. Acid type plays a 

significant role in reducing sheet resistance. Nitric 

acid treatment provides the lowest resistance, while 

hydrochloric and sulfuric acids result in values that 

are nearly double that of HNO3. 

 

 
 

Fig. 6. Sheet resistance of [PDDA/(DWNT+DOC)]5 

after 2 to 20 min exposure to nitric acid, 

hydrochloric acid, and sulfuric acid, respectively. (a) 

is the sheet resistance of an as-assembled 5 BL 

DWNT thin film (reproduced from [15]). 

 

 

To better understand the effect of each acid 

treatment, doped assemblies were characterized by 

SEM. The DWNT networks after each acid 

treatment were also characterized by SEM (see Fig. 

7). 20 min nitric acid treatment exposes an extensive 

DWNT network, while more hazy DWNT networks 

are observed after 20 min hydrochloric and sulfuric 

acid treatments due to less removal of insulating 

molecules. SEM images suggest that the removal of 

insulating material is the main factor in resistance 

reduction of DWNT-based assemblies, rather than a 

true acid doping effect. Nitric acid seems to be the 

most effective at degrading PDDA and DOC, 

despite having a lower vapor pressure than HCl. The 

low solution concentration of hydrochloric acid 

(37%) may account for this discrepancy. 

 

 
 

Fig. 7. SEM surface images of [PDDA/(DWNT+ 

DOC)]5 on PET before and after acid treatment 

(reproduced from [15]). 

 

 

Fig. 8(A) shows the effect of nitric acid treatment on 

[PDDA/(SWNT+DOC)]5, [PDDA/(DWNT+DOC)]5, 

and [PDDA/(DWNT+DOC)]10 as a function of 

exposure time (from 2 to 20 min). In just two 

minutes, all three films exhibit a remarkable 

decrease in sheet resistance. Further acid treatment, 

however, results in only a modest decrease in sheet 

resistance, relative to the first 2 min, especially 

beyond five minutes of exposure. 20 min nitric acid 

treatment did not achieve significantly lower sheet 

resistance than a 10 min treatment. It is likely that 

any insulating material present is degraded very 

quickly due to the very thin nature of these films 

(<50 nm). 

To better understand the compositional changes due 

to nitric acid treatment, FT-IR analysis of 

[PDDA/(DWNT+DOC)]25 films was performed, as 

shown in Fig. 8(B). The 3386 cm
-1

 peak is attributed 

to a strong O–H stretching vibration in DOC. As 

expected, this peak disappeared from the spectrum 

after nitric acid treatment, along with a decrease in 

the intensity of the peaks at 2928 and 2864 cm
-1

, 

both attributed to CH stretching from PDDA and 

DOC. Additionally, the C=O in DOC exhibits a 

sharp band at 1715 cm
-1

 before acid treatment, but 

this became a broad band centered at 1695 cm
-1
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afterward, which indicates that this vibration band 

changed due to PDDA and DOC removal. FT-IR 

spectra after nitric acid treatment, from 2 to 20 min, 

did not show any significant differences, indicating 

removal of insulating materials due to nitric acid 

vapor was largely completed in the first two minutes. 

 

 

    
 

Fig. 8. (A) Sheet resistance of three films, 

[PDDA/(SWNT+DOC)]5, [PDDA/(DWNT+DOC)]5, 

and [PDDA/(DWNT+DOC)]10 as a function of nitric 

acid treatment time. (B) FT-IR spectra of 

[PDDA/(DWNT+DOC)]5 before and after nitric acid 

treatment, from 2 to 20 min. These spectra are 

magnified and overlaid with arbitrary offset for 

clarity (reproduced from [15]). 

 

 

Furthermore, the SEM surface images in Fig. 9 

support this assertion by showing that most 

insulating materials were removed after 2 min 

exposure to nitric acid vapor (and a 5 min treatment 

exhibited the same DWNT network as a 20 min 

treatment). Additionally, acid treating beyond 10 

min produced no additional improvement for 

DWNT films and an increased sheet resistance for 

SWNT films. It is believed that some modest 

damage of CNTs occurs with excessive acid 

treatment (e.g., sidewall oxidation), causing the 

observed increase in sheet resistance. 

 

 
 

Fig. 9.  SEM surface images of [PDDA/ 

(DWNT+DOC)]5 on PET (A) before and (B) after 2 

min, (C) 5 min, and (D) 20 min HNO3 exposure 

(reproduced from [15]). 

 

 

[PDDA/(SWNT+DOC)]5, [PDDA/(DWNT+DOC) 

]5, and [PDDA/(DWNT+DOC)]10 achieved 227, 

107, and 43 Ω/sq sheet resistance, respectively, after 

10 min exposure to HNO3 vapor. These values are 

low enough to use for many optoelectronic 

applications. Visible light transmittance of these 

films is 86.8%, 84.0%, and 67.1%, respectively, as 

shown in Fig. 10. The influence of acid treatment on 

the optoelectronic performance of several other 

CNT-based LbL films is also included in Fig. 10 

(reproduced from [15]), which emphasizes the 

relationship between sheet resistance and 

transmittance [33,37]. Sheet resistance of SWNT 

films, due to nitric acid treatment, is consistently 

reduced by a factor of five in this study, regardless 

of number of bilayers, while that of DWNT films 

was reduced by a factor of three. DWNT films with 

more than five bilayers exhibit sheet resistance 

below 100 Ω/sq. This value is comparable with the 

best SWNT-based films produced using any other 
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technique and is competitive with high transparency 

(~85% T) ITO coatings [36]. The transmittance of 

the 5 BL DWNT film (>84%) is unaltered by the 

acid treatment. This optoelectronic performance 

demonstrates the ability of LbL assemblies to 

simultaneously achieve high transparency and low 

sheet resistance. Taking the inverse of the product of 

sheet resistance and thickness shows that the 

electrical conductivity of 5 BL and 10 BL DWNT 

films reach 4100 and 5300 S/cm, respectively, after 

nitric acid treatment for 10 min. This conductivity is 

higher than most CNT films made by any method, 

except for vacuum filtration whose films have 

relative low transparency (~70%) that eliminates 

their ability to be used as ITO replacement [38]. 

 

 
 

Fig. 10.  Optoelectronic performance of several 

CNT LbL systems before and after acid treatment. 

Points with the black outline are values of as-

assembled LbL films and those with no outline are 

acid-treated (reproduced from [15]). 

 

 

3.3 Mechanical and Electrochemical stability  

The bending stability of transparent electrodes is 

becoming more and more important as flexible 

electronic applications continue to grow. Nitric acid-

treated 5 BL DWNT LbL films were compared to a 

commercial 100 Ω/sq ITO-coated PET film as a 

function of the number of bending cycles, as shown 

in Fig. 11. These films were repeatedly bent to a 1.0 

cm radius of curvature (inset of Fig. 11), with sheet 

resistance measured at the center of each specimen 

after each bend. DWNT films maintained constant 

resistance up to 100 bending cycles. In contrast, the 

ITO-coated PET exhibited a two order of magnitude 

increase in sheet resistance after 100 bending cycles. 

ITO and other metal oxide semiconductors readily 

crack due to their ceramic brittleness, while DWNT 

LbL films have polymeric behavior, which is ductile 

enough to withstand the strain associated with severe 

bending. This exceptional mechanical stability in 

LbL films is potentially useful for flexible 

electronics. 

 

 
 

Fig. 11.  Sheet resistance as a function of bending 

cycles (to 1 cm radius of curvature) for 5 BL DWNT 

and 100 Ω/sq ITO-coated PET films. RSo indicates 

the resistance (~100 Ω/sq) prior to any bending 

(reproduced from [15]). 

 

 

Cyclic voltammograms of an HNO3-treated 5 BL 

DWNT film and an ITO film (both on PET) were 

used to compare electrochemical stability, as shown 

in Fig. 12(A). The potential was cycled between –

0.2 and 0.8 V vs. an Ag/AgCl reference electrode, 

with a scan rate of 100 mV/s, in 0.1 M Na2SO4 

aqueous solution. ITO shows oxidation-reduction 

(redox) peaks at 0.1 and 0.3 V, respectively, 

indicating that ITO undergoes chemical changes 

under potentiodynamic stresses. A relatively large 

peak-to-peak separation of 0.2 V (between 0.1 and 

0.3 V) is due to this transformation (irreversible 

change) that occurs in the ITO film during 

electrochemical cycling. The DWNT LbL films 

exhibit no redox peaks, suggesting they are 

electrochemically stable in this potential range. 

Cyclic voltammograms of nitric acid-treated DWNT 

films were also collected as a function of the number 

of BLs deposited, as shown in Fig. 12(B). These 

rectangular shaped curves are indicative of the 

capacitive behavior found in carbon materials [39]. 
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These voltammograms show little change before and 

after acid treatment, which suggests there is no 

chemical damage of the nanotubes. Integrated 

charge density from adsorbed and desorbed ions on 

the DWNT film was calculated by integrating these 

CV curves with potential differentials. Fig. 12(C) 

shows the linear increase in charge density as a 

function of the film thickness. This thickness-

dependent electrochemical behavior demonstrates 

the tailorability of electrochemical behavior in these 

LbL assemblies by varying the number of BLs. 

 

 
 

 
 

 
 

Fig. 12.  (A) Cyclic voltammograms of a 

[PDDA/(DWNT+DOC)]5 thin film on PET and a 

commercial 100 Ω/sq ITO-coated PET. (B) Cyclic 

voltammograms of [PDDA/(DWNT+DOC)]n 

assemblies deposited on PET. (C) Integrated charge 

density of each film, as a function of film thickness, 

was calculated from cyclic voltammograms and 

electrode area. 

 

4 Conclusion 

Highly transparent thin film electrodes were 

assembled through the alternate exposure of flexible 

PET substrates to aqueous mixtures of positively-

charged poly(diallyldimethyl ammonium chloride) 

and CNTs, stabilized with negatively-charged 

deoxycholate. Double-walled carbon nanotubes were 

substituted for SWNTs in an effort to achieve lower 

sheet resistance in these flexible transparent 

electrodes. The layer-by-layer film growth is linear 

for these nanotube-based thin films. DWNT thin 

films exhibit a significant increase in electrical 

conductivity, and simultaneous decrease in sheet 

resistance, after exposure to nitric acid vapor due to 

removal of insulating material (polymer and 

surfactant). Additionally, these DWNT LbL coatings 

on PET substrates have excellent flexibility without 

any loss of conductivity after 100 bending cycles, 

unlike commonly used ITO. The sheet resistance, 

transparency, mechanical flexibility, and 

electrochemical stability of these CNT-based LbL 

assemblies meet the criteria for ITO replacement for 

most electronics applications (%T >85 and RS <500 

Ω/sq). Achieving these exceptional properties with 

fewer than five bilayers is also important in terms of 

being commercially viable. 
 

Notes 

Reproduced by permission of The Royal Society of 

Chemistry from “Heating and acid doping thin film 

carbon nanotube assemblies for high transparency 

and low sheet resistance” by Yong Tae Park, Aaron 

Y. Ham, and Jaime C. Grunlan, J. Mater. Chem. 

2011, 21, 363–368.  

Reproduced by permission of The Royal Society of 

Chemistry from “Fully organic ITO replacement 

through acid doping of double-walled carbon 

nanotube thin film assemblies” by Yong Tae Park, 

Aaron Y. Ham, You-Hao Yang, and Jaime C. 

Grunlan, RSC Advances 2011, 1, 662–671.  
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1 Introduction 
Inducing initial curvature to the CFRP bi-stable 
structure for curvature tailoring has been studied [1]. 
Final curvature of the one of the stable state can be 
easily tailored by curing it on the cylinder shape tool 
plate. The schematic of the inducing initial curvature 
is illustrated in Fig. 1; concave cylinder shape tool 
plate is defined as negative initial curvature. 
Remarkable advantage of the methodology is that 
the final curvature of mode 1, stable state whose 
non-zero curvature direction is parallel to tool plate 
curvature direction, can be controlled in linear 
manner. 

 
Fig. 1 initial curvature  
for curvature tailoring 

Typical results of the initial curvature for cross-ply 
CFRP laminate, whose layup sequence of [0n/90n], 
are illustrated in Fig. 2. Final curvature of the mode 
1 is the sum of the tool plate curvature and the final 
curvature without initial curvature. Meanwhile, final 
curvature of the mode 2 is not changed regardless of 
initial curvature value. A simple relationship 
between tool-plate curvature and final curvature of 
the bi-stable CFRP laminate can be easily applied to 
the applications of bi-stable structures, such as fly-
trap robot [2]. 

 
Fig. 2 initial curvature effect of  

CFRP bi-stable laminate 
 

However, certain layup sequence, such as [0/90]n 
with negative initial curvature, unexpected twisting 
curvature of CFRP bi-stable laminate cab be 
generated. It can show bi-stabilities and deformation 
behaviour of it is illustrated in Fig. 3, Principal 
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curvature directions of the laminates are ±45° and 
signs of the curvature are same.  

 

Fig. 3 CFRP bi-stable laminates with  
unexpected twisting curvature 

The reasons of this phenomenon can be divided into 
two parts. One is based on the imperfection of the 
lay-up angle, such as [0.1/90/0.1/90]T. The 
imperfection induces constant shear strain in the 
overall domain of the laminate. As a result, the 
constant shear strain causes global moment 
unbalance which results in the unexpected twisting 
curvature. The other is negative initial curvature. 
Negative initial curvature induces the decrease of the 
in-plane constant normal strain of mode 2 and the 
stability of the bi-stable structure. These claims are 
discussed in more detail manner in chapter 2. 

In this study, we use and expand the classical 
methods for bi-stable laminates [3-9], which are 
based on CLT (Classical Laminate Theory) and 
Rayleigh-Ritz method to describe the two 
unexpected twisting curvatures equilibrium state. 
Classical strain energy function, however, cannot 
describe correctly this phenomenon because it does 
not consider the global force/moment balance after 

the deformation. The generation of the unexpected 
twisting curvature are properly simulated by 
including the global force/moment equilibriums as 
constraints to the strain energy function. In addition, 
we propose a simplified optimization method to find 
the final curvatures of CFRP bi-stable laminate by 
limit analysis, assuming the side length of laminates 
are infinite. 

 

2 Theoretical Backgrounds 

Our claims for the reason of the phenomenon, the 
generation of the unexpected twisting curvature, can 
be easily verified through FEM simulation with 
ABAQUS. Lay-up sequence with imperfection, 
[0.1/90/0.1/90]T, shows twisting initial curvature 
while perfect lay-up sequence, [0/90/0/90], shows 
conventional principal curvature direction; negative 
initial radius of curvature, -150mm, is applied to 
both laminates. 

 

Fig. 4 Verification with ABAQUS 
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Tilting phenomena occurs depending on the initial 
curvature values. It means that for parametric study 
of tilting behaviour requires repeated FE meshes for 
various initial curvature configurations. Therefore, it 
is desirable to develop analytical simple model 
which is pertinent to the deformation behaviour 
including tilting action. 

In this sense, the Rayleigh-Ritz method is an 
efficient method to investigate the threshold range of 
imperfection lay-up angles and negative curvature. 
First of all, the computing time to calculate the final 
shape of the CFRP laminate is much smaller than 
conventional FEM with non-linear shell element. 
Second, applying the initial curvature effect in the 
Rayleigh-Ritz approximation method is much 
simpler than doing it in FEM because the initial 
curvature effect can be applied by changing one 
parameter while overall model should be 
reconstructed in FEM. 

 

Fig. 5 Definition of reference state for strain field 

Strain field for Rayleigh-Ritz method to describe 
initial curvature effect is proposed in our previous 
study [1]. Strain field of previous studies [3-9] can 
be easily extended to handle initial curvature effect 
by introducing reference state, which is illustrated in 
Fig. 5. The strain field between reference state and 
initial state is defined as initial strain field and the 
strain fields between reference state and final state is 
defined as final strain field. Those strain fields can 
be directly derived from the previous studies [3-9] 
because the reference state is flat. The strain field 
with initial curvature, which is described in Eq. (1), 
is the difference between final strain field and initial 
strain field because the assumed strain field is not 
the strain with von-Karman non-linearity but Green-
Lagrangian strain.  
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The above strain field should be extended further to 
describe the twisting curvature because the equation 
does not include the twisting curvature as a variable. 
It should be noted that the final shape of the CFRP 
laminate is a cylinder if the side lengths of the 
laminates are sufficiently long because non-
developable surface, such as saddle shape, requires 
too much shear strain and strain energy based on 
Gauss’ Theorema egregium. In general, however, 
principal curvature direction may not be aligned 
with the original coordinate system, such as angle-
ply. Therefore, introducing principal curvature 
direction as a new variable is essential for the 
generalization of Eq. (1) to simulate the generation 
of the twisting curvature. This approach is based on 
the previous study of the Jun and Hong [6]. Detail 
formulation for the strain field is described in Eq. (2). 
The variables m and n, in Eq. (2),  means cos θ and 
sin θ where θ indicates the angle difference between 
coordinate system and principal curvature direction 
of CFRP laminate after the curing.  
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To calculate second P-K stress, linear elastic 
constitutive equation is used because the order of the 
Green-Lagrangian strain field is same with thermal 
strain; i.e.  infinitesimal. 

  ˆij ijkl kl klC E T     (3) 

Strain energy function with the generalized Green-
Lagrangian strain field, Eq. (2), is defined as follows. 

   1

2 ijkl ij ij kl kl

V

U C E T E T dV       (4) 

The above strain energy function can handle almost 
the whole general deformed behaviour of CFRP 
laminate. It can handle the initial curvature effect not 
only cross-ply but also angle-ply CFRP laminate. 
Verification with ABAQUS is illustrated in Fig. 6. 
Red meshes are the result of the ABAQUS and blue 
circle is the result of the minimization of the strain 
energy in Eq. (4) 

 

Fig. 6 verification with ABAQUS 

However, it cannot handle the generation of the 
unexpected twisting curvature because the strain 
energy function does not include the global 
force/moment balance. The unbalance of the global 
force/moment is closely related with the magnitude 
of the constant shear strain, zero value in the case of 
the perfect lay-up sequence. Fig. 7 illustrated the 
moment unbalance which is induced by the constant 
shear strain. Resultant moment by integrating shear 
stress along the curved edge is smaller than that of 
the straight edge because the stress distribution 
along curved edge is not aligned. 

 

Fig. 7 global moment unbalance due to  
constant shear strain by imperfection of lay-up 

sequence imperfection 

It should be noted that the global force/moment 
balance satisfies automatically in the case of the 
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cross-ply laminate with perfect lay-up sequence; 
global moment balance satisfied for each edges. Fig. 
8 illustrates the moment balance for each edge. As a 
result, minimization of the strain energy function 
without the global force/moment balance as 
constraints has showed a satisfactory result.  

 

Fig. 8 global moment balance due to  
other shear strains 

The other reason for the unexpected twisting 
curvature is negative initial curvature. Initial 
curvature is related with the in-plane strain along x 
edge of mode 2, zero curvature direction [1]. In the 
case of negative curvature, strain energy of mode 2 
and intermediate saddle mode, local maximum point 
is decreased because of the change of the in-plane 
strain along x-direction. Moreover, negative initial 
curvature decreases the final curvature of mode 1 
while the positive initial curvature increases the final 
curvature of mode 1. As a result, conventional shape 
of mode 1, cylinder shape with positive normal 
curvature along x-direction, lost its stability and 

global moment imbalance which is induced by 
imperfect laminate sequence becomes dominant. 

 

Fig. 9 the change of the strain energy level 
by initial curvature effect 

To simulate the twisting curvature generation by 
imperfect lay-up angles and negative initial 
curvature, global force/moment balance should be 
introduced to the strain energy function for   
Rayleigh-Ritz method as constraints. Considering 
the force/moment balance along the z-direction is 
enough because the strain field in Eq. (2) is x-
symmetric and y-symmetric; force/moment balance 
along the x-direction and y-direction satisfies 
automatically. Global force/moment balance along 
the z-direction is described in Eq. (5). Introducing 
those balance equations in Eq. (4), are introduced to 
strain energy function as equality constraints 
because free boundary condition should be applied. 
As a result, the twisting curvature generation by the 
imperfect lay-up sequence and negative initial 
curvature can be simulated by minimizing the 
modified energy function, which is described in Eq. 
(6),  
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where, x’ and y’ represent principal curvature 
direction of laminate. 

  * int int, , , ,initial
ii j zjj i zU U F M          (6) 

It should be noted that we assume the constant 
curvature in overall domain of laminate. Moreover, 
we neglect the deformation of the edges by in-plane 
strain because those strains are all infinitesimal. 

In the experimental points of view, directions of the 
principal curvature are ±45º if the twisting curvature 
is generated by the imperfect laminate sequence and 
negative initial curvature. This is a quite intuitive 
result because only two set of principal curvature, 0º 
~ 90º and -45º ~ 45º, satisfies the x-symmetric and 
y-symmetric is the side lengths of the laminates are 
equal. In these cases, only one of the force balance 
and moment balance satisfies automatically.  

Proposing the simpler formulation to expect final 
curvatures of the CFRP laminates is possible based 
on this phenomenon. In the case of principal 
curvature direction is ±45º, only global force balance 
should be satisfied; global moment balance satisfies 
automatically although there is non-zero constant 
shear strain.  

Two constraints are derived from the global force 
balance. Those equilibriums are illustrated in Fig. 10. 
First, x-direction and y-direction normal stresses 
should be same to satisfy horizontal force 
equilibrium. Second those normal stresses should be 
same magnitude with shear stress. Those constraints 
are described in Eq. (7) 

 xx yy xy      (7) 

 

 

Fig. 10 force equilibrium for deformed state when 
unexpected twisting curvature is generated 

The constraints can be transformed to simpler form 
through the coordinate transform to the principal 
coordinate system. 
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On the other hand, strain field in Eq. (2) can be 
simplified by assuming the side lengths of the 
laminate is infinite and neglect the ξxy because it is 
much smaller than ξxx or ξyy; only 3 unknowns, ξxx, 
ξyy and κ1, are remained. The simplified strain fields 
are described in Eq. (9) 

Applying zero equality constraints in Eq. (8), two 
global linear force equilibrium equations in classical 
plate theory can be identified.  
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(10) 

As a result, strain energy function in Eq. (4) become 
a function with only one variable; simple line search 
can find the curvature value that minimizes the 
strain energy function. The comparison with 
ABAQUS is illustrated in Fig. 11. 

 
Fig.11 the comparison of the result between FEM 

(ABAQUS) and proposed method 

Table 1 shows the detail material properties of the 
CFRP laminates which are used in the simulations. 

Table 1 material properties of CFRP laminate 

Quantity Unit Value 

E1 GPa 160 

E2 GPa 12 

G12 GPa 8 

thickness mm 0.085 

α1 °C–1 0.19 × 10–6 

α2 °C–1 0.32 × 10–4 

ΔT °C –145 

Table 2 shows the numerical comparison between 
the results of the ABAQUS, full strain energy 
minimization of Eq. (6) and simplified strain energy 
minimization; lay-up sequence of the simulation is 
[90/0.1/90/0.1] and initial negative initial curvature 
is 150 (1/mm).  

Table 2 final curvature comparison between 
methodologies  

Quantity Value 

ABAQUS -5.516 

Full energy minimization -5.527 

Simplified energy minimization -5.548 

Fig. 11 and Table 2 show that the proposed method 
shows accurate results in engineering sense. Error is 
smaller than 5% and computing cost is much smaller 
than that of non-linear FEM simulation. Moreover, 
parametric study of the present simplified approach 
is quite easy because only change of initial curvature 
is enough to generate final curvature. 
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3 Conclusions 

In this study, the reasons of the tilting behavior of 
bistable CFRP cross-ply laminate are presented. We 
modified the strain energy function for Rayleigh-
Ritz method by introducing the additional constraint, 
global force and moment balance equation. The 
result by minimizing the modified strain energy is 
compared with that of FEM and it shows that the 
modified energy equation can simulate the tilting 
behaviour of bistable CFRP cross-ply laminate. 
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1 Introduction  

The interest in composite materials has followed a 
growing trend in the last decades. These materials 
are characterized by the presence of two or more 
phases at a macroscopic level specifically designed 
as to exhibit superior properties than those of the 
component materials alone [1]. Modern applications, 
such as in aerospace, nautical and prosthetics, 
demand a profound understanding of their nature 
and structure. The present work fits into such an 
initiative, aiming to provide a new tool for Structural 
Health Monitoring (SHM) of composite materials in 
the aerospace industry by means of an impact 
localization method. 

Impact localization is of utmost importance when 
composite materials are to be designed for use in 
critical areas of aerospace components. This is a 
consequence of the fact that these materials are 
known to develop specific types of failure under 
impact, and, differently to other materials, some of 
these can actually occur inside the material and have 
no superficial effect whatsoever (delamination, for 
example). These damages can go unobserved and 
result in dangerous further operation of the structure. 
Thus, it is important to keep track of areas exposed 
to impact of substantial energy, so as to submit them 
for later specific inspection. The role of impact 
localization within SHM is then to significantly 
reduce maintenance inspection time on the structure 
and hence allow for increasing the use of composite 
laminates in aerospace industry, in a safer 
environment and in an economically viable way.  

Many attempts have been made to use piezoelectric 
sensors to address this issue. In the work of Ross [2], 

for example, triangulation algorithms were used as a 
tool to infer impact location in composite materials. 
Interesting results were presented by means of an 
alternate procedure using neural networks to aid in 
the evaluation of the computing arrival time of 
impact waves as recorded by sensors, a variable of 
great importance in impact localization 
methodologies. Nonetheless, the methodology does 
not account for possible plate anisotropy, therefore 
allowing for its use only on materials that do not 
present this characteristic, typical of composite 
laminates. 

Seydel and Chang [3] developed an impact 
localization and force reconstruction technique for 
composite panels with beam stiffeners, thus 
demonstrating that the method also works in more 
complex structures. The work considers a model of 
the system and generates the impact localization and 
force history via comparison between modeled 
response and actual response measured by sensors. 

The work of Coverley and Staszewski [4] showed 
that it is possible to use genetic algorithms along 
with triangulation procedures to locate impacts in 
anisotropic systems. It assumes, however, 
previous knowledge of the moment of impact, 
which it is not an easy parameter to determine in 
real applications. The knowledge of such 
variable, direct or indirect, is fundamental in 
algorithms of impact localization. 
Kundu et al. [5] studied a different approach to the 
problem, focusing in impact localization with 
piezoelectric sensors via error functions, i.e. 
functions that take into account plate properties and 
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arrival time of waves and assign values to each 
position in the plate domain. Those values reflect the 
proximity of the corresponding position to the point 
of impact. The study presented satisfactory results 
with fair precision, but was not tested for the case of 
highly anisotropic systems, limiting to the use of 4 
sensors to estimate small errors for systems with 
small degrees of anisotropy. 

The work of Ribeiro and Cimini Jr. [6] followed a 
similar approach. Having introduced a numeric 
model of wave propagation in composite laminates, 
the authors proposed a flexible methodology to 
allow for impact localization with multiple sensors 
in systems of different degrees of anisotropy, also 
based in the use of error function minimization. 
However, the error functions were defined in such a 
way to allow clear immediate interpretation and not 
to generate singular points in the domain. The study 
was developed via mathematical simulation of 
impact, which allowed testing the effectiveness of 
the method with deliberate control of noise and 
environmental interferences. For the sensor setup 
analyzed, consisting in a network of 9 sensors 
disposed in a square array covering the center and 
the borders of the plate, the methodology was found 
to provide motivating results, with errors of up to 1.1 
cm in a 1 m by 1 m carbon-epoxy laminated plate. 

The current study is a follow-up of this previous 
work. Experiments were performed in a 1 m by 1 m 
composite (carbon-epoxy) plate. Attention was 
given to analyzing different types of impact energies 
and adequate filtering of signals to better locate 
arrival time of impact waves.  
 

2 Methodology 

The presented impact localization method consists 
of an algorithm, an associated data acquisition 
apparatus into which it can be embedded, and a plate 
representing the airplane area onto which the overall 
system it is to be mounted.  

2.1 Experimental Setup 

Impact localization on plates was the focus of the 
present study, since plates represent one of the most 
basic structures to be monitored. Results thus 
obtained are expected to be easily transferred to 
other common structures, e.g., curved plates. Being 

idealized as a cost-effective technology, the present 
experiment was designed to operate with simple 
piezoelectric sensors and data acquisition devices, so 
as to the implementation of such a system in real-
like applications represent no additional challenge. 

2.1.1 Composite Laminated Plate 

Tests were carried with a 1000.0 mm x 1000.0 mm x 
2.0 mm [(0/±45/90)2]S carbon/epoxy quasi-isotropic 
laminated plate. In order to avoid boundary 
restrictions and hence emulate free boundary 
conditions, the plate was laid above quilted pads. 
This way, generation of impact waves due to indirect 
contact with the circumventing ambient was 
avoided, thus assuring that at the moment of impact 
only direct waves were taken into account as input 
for the method. The plate is shown in Figure 1.  

 

 
Fig.1. Composite carbon/epoxy plate instrumented 

with piezoelectric sensors. 
 

2.1.2 Piezoelectric Sensors 

The plate was instrumented with 6.4 mm diameter x 
0.2 mm thickness piezoelectric sensor disks of the 
type “buzzer”, commonly used in acoustic 
applications and which consist of axial piezoceramic 
crystals capable of generating high output voltage in 
response to relatively small strain. For many 
applications in SHM, such components are known to 
demand very little signal conditioning [7][8].  

The sensors were carefully attached to the plate 
using methacrylate adhesive via procedure that 
included previous polishing of the region and 
cleaning with isopropyl alcohol. Sensor wiring was 
extended with the help of connector joints, allowing 
for fast change of cabling between sensors and data 
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acquisition device. Figure 2 depicts one of the 
sensors attached to the structure. 

 

 
Fig.2. Thin disk piezoelectric sensor, a.k.a. “buzzer”. 
 
A total of 9 sensors were distributed in the plate and, 
since the method demands a smaller number of 
sensors (e.g., 5 in the current experiment), many 
setups were possible. For practical reasons, the 
elected setup covered the lower half of the 
composite plate, which was the region in which 
impacts were performed. 

2.1.3 Data Acquisition 

Data acquisition was performed with a simple bus-
powered USB data acquisition device which could 
promptly be connected to a laptop and provide 
measurements. For such, 10 analogic inputs were 
used in differential configuration, relatively to a 5 
sensor setup. An acquisition rate of 15 kS/s was 
proven sufficient for the algorithm to provide good 
results. 

The actual data acquisition device suffered from a 
phenomenon common to this type of equipment 
called “charge injection” which, due to the 
importance of accurate measurements to the method, 
will be covered in more detail in the next topic. 

2.2 Preliminary Considerations 

Proper functioning of the present method demand 
that extra attention should be given to certain aspects 
of the system, notably impact wave speed, signal 
noise and charge injection. Each of these and their 
importance to the method will be covered in the 
present topic. 

2.2.1 Noise Filtering 

In the present method, the system must be able to 
account for sudden variations in the voltage levels of 
the sensors, which represent the arrival of impact 

waves. Accurate measurements are of great 
importance, and therefore background noise needed 
to be reduced. Figure 3 shows typical sensor output 
noise in the time and frequency domains.  

 
Fig.3. Sample of background noise and its respective 

frequency spectrum. Notice peak at 60 Hz. 
 
It can be seen in Figure 3 that the typical sensor 
response presents background noise with important 
components at 60 Hz. Such a level of noise can 
significantly affect the measurement of the real 
moment of arrival of an impact wave. The use of 
filters is therefore necessary in order to prevent this 
from happening. 

Filtering in the present experiment was performed 
digitally, using sensor responses as input to a first 
order high-pass filter. Figure 4 compares the 
frequency spectrum of a sample of measurements 
and its equivalent filtered response when the cutoff 
frequency of the filter was set to 800 Hz. 
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Fig.4. Comparison between the frequency spectrum 

of signal with noise and its equivalent filtered 
response to a first order high-pass filter with cutoff 

frequency at 800 Hz. 
 
2.2.2 Plate Anisotropy 

One fundamental input to the present method is the 
wave speed profile of the impact waves being 
studied, i.e., the wave speed as a function of the 
propagation direction angle formed with respect to 
the global coordinate system. Usually in isotropic 
plates the behavior of such variable is a constant, but 
in anisotropic plates this may not be true. 
Consequently, it is important to establish the 
behavior of wave speed as a function of the 
propagation direction angle. 

 

 
Fig.5. System setup showing position of sensors 

(blue circles) and strategically located impact (red 
cross) performed to calculate impact wave speed at 

angle defined by sensors 3 and 4 (45o). 

 

In order to investigate the impact wave speed in the 
present system, impacts such as the ones later 
conducted in experiments were performed in 
strategic positions of the plate, so as to compare 
responses between sensors and obtain the respective 
value of impact wave speed, as shown in Figure 5. It 
was then possible to calculate impact wave speed at 
four angles of interest: 0o, ±45o and 90o. Values in 
between were interpolated so as to form a sinusoidal 
smooth curve (Figure 6). As quasi-isotropic, it was 
expected that impact wave speed did not vary much 
with propagation angle direction. Results, however, 
suggest otherwise, which may mean that impact 
waves travel closer to the surfaces, and thus the 
laminate 0o outer plies have greater influence on the 
impact wave speed than the others.  

 
Fig.6. Impact wave speed as a function of the angle 
formed with respect to the main coordinate system. 

 
2.2.3 Charge Injection 

Charge injection is a phenomenon that can 
drastically affect the precision of the present method 
and any other method that depends on the correct 
measure of impact wave arrival time to the sensors. 
Such phenomenon consists in interference between 
acquisition channels, and greatly affects impact 
localization due to generating false measurements of 
arrival times. Its occurrence, however, is relatively 
easy to spot: distinct channels will present nearly 
identical impact wave arrival times. 

Charge injection occurs basically during high rate 
data acquisition in multiple acquisition channels 
with different voltage levels and high output 
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impedance [9], and is related to each data acquisition 
settling time, i.e., the time necessary for the device 
to scan a new voltage level. When the voltage levels 
between channels is high, so as the output 
impedance, the charge accumulated during different 
measurements has not enough time to discharge 
back and thus affects the next measure. Figure 7 
shows the responses of 5 sensors to an impact. Note 
that sensors 1 and 3 present similar responses, 
although they are not located symmetrically to the 
impact.  

 
Fig.7. Measurements showing phenomenon of 
charge injection between channels of sensors 1 
(blue) and 3 (red), which present very similar 

responses and nearly identical impact wave arrival 
times of 0.4788 s and 0.4879 V respectively. 

 
Corrective measures to avoid this phenomenon 
include reducing the output impedance of the 
channel (e.g., using a voltage follower such as an 
operational amplifier), or scanning fake readings of 
appropriate voltage level (e.g., grounded channels 
or, better yet, dummy readings of the next desired 
channel) in between channels of interest, so as to 
allow the device enough time to settle to the new 
voltage level. 

2.3 Experiment 

In order to test the robustness of the method and 
provide a deeper understanding of its statistical 
behavior, experiments were conducted by 
performing several impacts in predetermined points 
of interest. Four impact points were selected, so as to 
divide the setup region of the plate in four quadrants, 
and five impacts were performed in each of these 

points. Average value and standard deviation of the 
localization error were calculated for each of these 
impact points. 

Impacts were performed using a 100.0 mm height 
fall of a small rubber ball of 55.0 mm diameter and 
42.0 g mass, resulting in an approximated 41.2 mJ 
impact. Sensor positions and impact positions are 
given according to Tables 1 and 2 and Figure 8.  

 

Table 1. Position of numbered sensors in setup. 

Nr. Position 

x (mm) y (mm) 

1  -350.0  0.0 

2  0.0 0.0 

3 350.0  20.0 

4 -350.0 -350.0 

5 350.0  -350.0 

 

Table 2. Localization of sets of impacts made in the 
experiment. 

Set Position 

x (mm) y (mm) 

1  200.0  -100.0 

2  200.0 -275.0 

3 -200.0  -100.0 

4 -200.0  -275.0 

 

 
Fig. 8. System setup showing position of sensors 

(blue circles), impacts (red crosses). 
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2.4 Algorithm 

In order to locate impacts in the plate, the algorithm 
was designed to work minimizing the error function. 
According to this methodology, the point of impact 
is found to be the point of minimum for a domain-
applicable function that, as defined, returns values as 
small as the distance of the function argument to the 
real point of impact. Arrival times play an important 
role in the definition of this function along with the 
plate’s impact wave speed profile (impact wave 
speed as a function of the propagation angle formed 
with respect to the main coordinated system). The 
function is calculated for the entire domain of the 
spatial region defined by the plate, in order to assure 
impact localization. 

2.4.1 Arrival Times of Impact Waves 

According to the present methodology, the arrival 
time of impact waves at each sensor is defined as the 
moment in which this sensor’s responses go beyond 
the regular noise level. The definition of this 
threshold has great impact on the calculation of 
arrival times of impact waves, whose correct values 
in turn are responsible for the precision of the impact 
localization method. Figure 9 shows a typical 
filtered response of a sensor, with the threshold cut 
at 0.0385 V.  

 
Fig.9. Filtered response of a sensor. Notice defined 
threshold of 0.0385 V and respective impact wave 

arrival time calculated at 0.4674 s. 

2.4.2 Error Function Mapping 

One of the main features that distinguish the present 
algorithm among others is that it does not need 
previous knowledge of the real moment of impact in 
order to estimate its location. Such is a challenge for 
many impact localization methodologies and a 
characteristic inherent to every real practical 
application, since impacts occur at random and their 
moments of occurrence are impossible to predict a 
priori. 

Nonetheless, for the present algorithm the moment 
of impact constitutes indirectly still an important 
variable, and the method manages to calculate it by 
means of a trial-and-error approach, minimizing the 
error function. Such method, besides effective, can 
also be enhanced for better and more intelligent 
search procedures of the desired points, which 
makes room for further improvements in terms of 
processing capacity requirements. 

Given the impact waves arrival times recorded by 
each of the n sensors in the setup, the algorithm 
calculates, for each point of the domain, the moment 
of impact timp as seen by each sensor, according to 
Equation (1): 

i

i
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Where tai is the impact wave arrival time recorded 
by sensor i, di and i  are respectively the distance 
and the angle between the point analyzed and such 
sensor and v is the function that, given a direction 
regarding the main coordinate system established in 
the plate, returns the corresponding wave speed in 
the material for that direction. 

For reasons of coherence, the moment of impact 
calculated for the sensors must not differ between 
themselves. Hence, we use an error function E to 
associate each point analyzed to a corresponding 
value measuring how close the values of moment of 
impact calculated are. Finding the point of minimum 
of this function returns the real point of impact. 

A possible choice for E is, given the calculated 
moments of impact according to Equation (2): 
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E is, then, a function whose domain coincides with 
that of the physical plate analyzed. It is possible to 
map E in order to better visualize how the point of 
impact was determined, as shown in Figure 10.  

 
Fig.10. Example of error function mapping with 
impact performed at x = 200.0 mm and y = 200.0 
mm and algorithm response pointing to x = 202.0 

mm and y = 196.1 mm. 
 

Since the error function must be mapped for the 
entire plate domain, the level of refinement of the 
domain in the algorithm is an important design 
choice. Dividing the domain into smaller regions 
provides more precise responses, but also increase 
the processing time necessary in order map it. 
 

3 Results 

Results are grouped so as to show impact 
localization error, in terms of average and standard 
deviation, grouped for each set of tests (Table 3). 
Each impact localization error was obtained via 
calculus of the distance between the impact real 
location and the algorithm estimation, for an array of 
200 by 200 (40,000) points. This corresponds to a 
physical square mesh with element size of 5 mm by 
5 mm.  

Considering the sets of tests separately, the method 
provided results with highest average error of 44.9 
mm (set 4) and maximum standard deviation of 18.1 
mm (set 3). Analysis for the four set of tests as a 
whole, though, provide an average error of 33.2 mm 
and a standard deviation of 15.0 mm. 
 

Table 3. Algorithm evaluation of impacts loci and 
associated errors grouped by impact sets. 

Set 1 (200.0, -100.0) 
 

Set 2 (200.0,-275.0) 

Position Error  Position Error 

x (mm) y (mm) (mm)  x (mm) y (mm) (mm) 

184.7 -123.2 27.8  216.3 -251.5 28.7 

216.3 -151.1 53.6  184.7 -307.2 35.7 

237.4 -100.9 37.4  174.1 -318.4 50.5 

205.8 -100.9 5.8  195.2 -251.4 24.1 

184.7 -84.1 22.1  205.8 -245.9 29.7 

Avg. error (mm) 29.3 
 

Avg. error (mm) 33.7 

Std. deviation (mm) 17.8  Std. deviation (mm) 10.3 
 

 

 

Set 3 (-200.0, -100.0) 
 

Set 4 (-200.0,-275.0) 

Position Error  Position Error 

x (mm) y (mm) (mm)  x (mm) y (mm) (mm) 

-195.2 -95.3 6.7  -163.6 -307.2 48.6 

-205.8 -106.4 8.6  -226.9 -251.5 35.7 

-163.6 -67.4 48.9  -153.0 -251.5 52.6 

-205.8 -123.2 23.9  -153.0 -273.8 47.0 

-163.6 -100.9 36.4  -163.6 -257.0 40.6 

Avg. error (mm) 24.9  Avg. error (mm) 44.9 

Std. deviation (mm) 18.1  Std. deviation (mm) 6.7 

 

Results are graphically presented in Figure 11, 
where the blue circles are the sensors, the red 
crosses are the impact locations and the green 
crosses are the algorithm estimations. Aircraft 
industry requires the impact location to be estimated 
within a circumferential locus of one-inch (25.4 
mm) diameter. This target around the impact 
location is also presented in Figure 11 with red 
circles, to visually check for the algorithm precision.   
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Although the results were encouraging, they 
indicated that the algorithm needs to be further 
refined in order to achieve the one-inch requirement 
precision.  

 
Fig. 11. System setup showing position of sensors 

(blue circles), impacts (red crosses), one-inch 
diameter target (red circles) and respective impact 

localization estimates (green crosses). 
 

4 Conclusion 

The use of composite materials in the aerospace 
industry is a growing trend, with this kind of 
material progressively replacing components 
previously made of metallic counterparts. The use of 
composite materials in primary structural 
components, however, still lacks SHM systems to 
identify flaws not readily visible to the naked eye 
that arise from phenomena to which these 
components are routinely exposed during aircraft 
operation. In this context, the evaluation of impacts 
in composite components is a very important task. 
The present study was conducted with the intent of 
taking one step further towards this reality, allowing 
for real time localization of these impacts. 

A methodology was presented to identify impact 
location in composite plates by means of a passive 
network of piezoelectric sensors. Average values of 
error obtained are in the range of two-inches 
(highest average error of 44.9 mm), which is way 
higher than the standards demanded by regulatory 
agencies for this kind of application. Although not 
yet within the one-inch error target requirement, 
results were promising presenting error margins that 
can be further improved.  

The method also allows room for further 
improvements through study of different sensor 
setups and more efficient approaches of mapping of 
the error function, which may significantly improve 
the processing time and the precision of the 
algorithm. Concomitantly, the advances in localizing 
impacts give rise to more interest in the development 
of methodologies to reconstruct impact force history 
and to actively investigate hot spots such as high 
energy impact locations in search of flaws. 
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1. Introduction  

Weight optimization of vehicles, from aircrafts to 

motor vehicles, is a priority for the development of 

structural products. Several initiatives, and 

specifically the “Green aircraft initiative”, aim to 

provide the industry with cost-effective structural 

materials. Hence, the development of one piece 

complex 3D fabrics offering high mechanical 

properties for structural applications presents a very 

promising future.  However, many aspects must be 

improved in order to build optimised composite 

structures and improve, among others, delamination 

properties as well as positioning of fibres to 

accomplish net-shape fibre preforms. 

 

For many years JB Martin worked to develop new 

technical textiles for the composites industry by 

proposing innovative products. In 2010, the research 

consortium of CTT Group (CTTG), JB Martin and 

CÉGEP de Saint-Hyacinthe, obtained a NSERC-CCI, 

5 year research and development grant, to build a 

research platform to develop thick 3D woven 

preforms. This provided the team with the ability to 

design and acquire the specialized equipment needed 

to create large scale 3D structural woven 

reinforcements.  There are currently 2 patents 

pending as a result of the first phases of operation. 

2. Traditional weaving process 

Traditional weaving processes reach serious 

limitations when we try to fabricate complex 3D 

shapes. JB Martin's skills have pushed these limits to 

create complex thick fabrics. As an example, Non-

crimp 3D orthogonal fabrics (NCS) for mass 

production were developed. Isotropic (yarn x-y-z) 

patterns were developed, optimising z direction links 

in order to improve the structural properties in all 

directions. 

 

 
 

Fig 1. NCS FABRIC 

 

Tests and studies have been performed to 

characterize the fabrics and optimize performance, 

cost and production parameters. 

3. 3D textiles dry preform 

With the NRSERC-CCI grant, a special weaving 

process was developed to help the aeronautics 

industry meet new levels for performance and cost, 

by producing dry textile 3D preforms. This process 

has the ability to produce complex structures for 

multilayer textiles and shaped preforms with 

optimised fibre distribution and orientation. 
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Prototypes of structural beams were made and will 

be presented. For this study, we will discuss 

complex 3D woven preforms with many types of 

interlocks and fiber placement. We will also present 

woven and stitched preforms.   

This global project also includes a computer assisted 

design and manufacturing software, which allows 

the design of 3D textiles with a real-time 3D 

visualization engine. This software, in combination 

with the weaving process, is extremely powerful to 

create complex shapes, and allows the modeling and 

simulation of preforms with complex internal 

structure while at the same time being able to design 

and visualize the positioning of fibres inside the 

structure. These tools can also be used to create 

visual effects on the external surfaces of the parts.  

4. Optimization of NCS fabric 

The first NCS fabric was developed to have a quasi-

isotropic pattern in the placement of x-y-z fibres.  A 

NCS is a non-crimp structure made of straight warp 

and weft warns maintained by a binder. 

 

We are currently exploring many configurations in 

order to optimize the mechanical properties of the 

fabrics by first, modeling an accurate configuration 

of binders and second, having a uniform density 

fabric after preforming it. 

 

From the results obtained by our preliminary tests, 

we will work on the characterization of the NCS 

fabrics, and attempt to correlate physical properties 

to the performance of the fabric. We want to 

determine the parameters which have the largest 

impact on the structural performance, while 

remaining within the constraints of a particular type 

of preform. Some parameters could be helpful for an 

infusion and/or draping but could degrade the 

structures from a mechanical standpoint.  Depending 

on the properties to optimize, a given parameter 

could be beneficial or detrimental to the final 

product. 

 

Based on this, we make the following assumptions 

for NCS structures: 

 

1. The binders allow the creation of a quasi-

isotropic material by the use of a yarn in the 

"z" direction. 

2. The binders allow the increase in inter-

laminar strength and prevent delamination 

of the layers  

3. The binders help the resin penetrate the 

fabric by capillarity of the fibres and 

through the open holes surrounding them. 

4. It is possible to increase the mechanical 

properties of thick fabrics by modifying the 

binder angles to resemble interlocks (see Fig. 

3; by adding ±45° angles inside the structure 

of the fabric. 

5. It is possible to change the mechanical 

proprieties by changing the binding pattern. 

6. NCS are more appropriate for plate or single 

curvature parts. NCS should not have good 

deformability properties due to the 

instability of the fibres when structures are 

bent. 

7. It is possible to have a constant density after 

deformation by optimizing the binding 

structures and crimp of the fabric in some 

specific zones (Section 7). 

 

Hence, we propose an approach to quantify and 

qualify each characteristic and find the relations 

between them. 

 

For this purpose, we will design and produce several 

fabrics to validate the proposed assumptions. 

Furthermore, we will document the production 

process of each fabric to be able to reproduce the 

samples in a manufacturing environment.  

 

5. Orthogonal binding 

 

Orthogonal binder crimp is the most common way 

for weaving NCS.  In this configuration, the binder 

thread moves from one surface to the other and 

crosses the fabric in a perpendicular pattern to create 

the "Z" reinforcement of the fabric, which produces 

a quasi-isotropic material. 

 

Quasi-isotropic material means that we have the 

same proportion of fibres in X-Y-Z directions. It can 

be verified using measurements of the volume 

density of the final product.  In order to compensate 

for small density anisotropies in the binding 
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direction, we can adjust the fibre size or the linear 

density of binging.  

 

An example can be seen in Fig 2, where we have the 

same fibre size and density in all three directions. In 

this case we can assume that we have an isotropic 

material. In a standard weaving process, binders (Z) 

and warp (longitudinal or X) threads have a fixed 

linear density while the cross (Y) thread density can 

be adjusted by adjusting the spacing of the weft 

insertions. 

 

 

 

 
 

 

 

Fig. 2; Orthogonal isotropic NCS 

5.1. Angle Interlock binding 

 
The angle interlock structure type allows for binding 

the non-crimp layers while providing a given 

orientation which results in ±45° reinforcement in 

the longitudinal direction (Fig. 3). 

 

 

Fig. 3; Angle Interlock configuration 

The major issue with this type of binding is that the 

thicker the fabric, the longer is the "float", i.e. the 

distance between two binders along the weft yarn 

(Fig 4). This makes the fabric difficult to handle 

without damaging the threads and affecting the 

orientation of the weft threads. 

 

 

Fig. 4; Float of weft yarn 

 

 

5.2. Hybrid binding 

 
To optimize the binding, an attempt was made to 

change the weaving pattern of the binder thread as 

well as the weaving parameters.  It was shown that, 

for the same proportions of fibres we can change the 

binding structure to change the properties of the 

final product.  The binding pattern could be a mix of 

an orthogonal or interlock binding, for example to 

decrease the length of the float for the Interlock 

configuration.  In the case of constant density, we 

can use both types of patterns, and also have some 

crimp between the layers, in order to have a constant 

density across the fabric. 

 

 

 

Binder (Z) 

Warp (x) Weft (Y) 
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5.2.1. Weaving pattern 

 
The effects of the binding pattern on the mechanical 

proprieties, and on our weaving productivity, are 

also analyzed. The pattern is the type of structure 

(repetition and spacing) for the binding thread. 

 

In our experiments we use three (3) types of well-

known patterns; plain weave, warp rib weave and 

twill weave. (Fig. 5) 

 

 

                            

                            

                            

                            

                            

                            

                            

(a)   (b)   (c) 

 

Fig. 5; (a)Plain, (b) Warp rib, (c) Twill 2x2 

 

Depending on the binding pattern, the binder size 

and spacing are changed and we test the influence of 

these parameters. We also take into account the 

esthetical and productivity issues.  Finally we focus 

on the drapability and density of the fabric, which 

are discussed in more detail below. 

5.2.2. Weaving parameters 

 
In this step, we measure the effect of the weft 

density on the fabric and also define the limitations 

of our test bed. This step is a key to determining the 

maximum fibre ratio that is possible on the weaving 

machine. 

 

Fig 6 shows the differences in density according to 

the weaving parameters. In this case, all the fibres 

and structures are the same but the pick density of 

weft is higher in the left frame. 

 

 

Fig. 6; Same structure, different weaving parameters 

 

 

In our study, we also investigate the type of fibre for 

weft, warp and binder, to evaluate their influence on 

the mechanical and productivity properties. 

 

6. Caracterisation tests 

 
To validate our assumptions, an exhaustive test plan 

must be created.  The tests will allow for the 

qualification of the required features and the 

quantification of the structural specifications.  For 

test purposes it is sufficient to work with dry fibres, 

which are a close-enough representation of the final 

composite parts. This will allow us to develop our 

protocols and expertise on technical dry fibre 

testing. 

 

Only a few parameters have to be tested to compare 

textile prototypes. We will focus on four (4) types of 

tests; characterisation, compaction, absorption and 

drapability 

 

6.1. Characterisation 

The first step is to measure the basic properties of 

the material, namely thickness, surface density, 

relative fibre placement density, and porosity. The 

tests have to be performed for each prototype 

according to standard methods. 
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1. Thickness 
ASTM D1777 -96(2011)e1  

Standard Test Method for Thickness of Textile Materials 

2. Basis weight 
ASTM D3776 /D3776M -09ae2 

Standard Test Method for Mass Per Unit Area (weight) of 

Fabric 
3. Composition (% mass) 

ASTM D3775-12  

Standard Test Method for Warp(end) and Filling (Pick) 
Count of woven fabrics 

4. Porosity 
ASTM D737 - 04(2012) 
Standard Test Method for Air Permeability of Textile Fabrics 

Table 1. Characterisation tests 

 
The thickness (T) method will measure the thickness 

of the fabric. The thickness will be affected by the 

fibre density, weaving parameters and binding 

structure. 

 

The basis weight (Bw) will provide a measure of the 

surface density of the fabric. Combined with the 

thickness we will be able to obtain a volume density. 

 

Composition will show the proportion of each 

element of the fabric in mass, i.e. percentage of 

warp, weft and binder yarns. 

 
By a combination of the test results we will calculate 

the fibre fraction (Ff) by volume, to estimate the 

volume fraction of the composite material. 

 

The samples have to be standard for the basis weight 

and composition. In this case, we can assume that 

the fibre fraction can be calculated as: 

 

   
 

   

                    
       (1) 

Where: 

              

                   

                
                     

                     

                       

                                   
                                   
                                     
 

 

The air permeability test will give us qualitative 

information on the volume density of the holes made 

by the binder going through the fabric. We should be 

able to measure the effects of the binder size on the 

porosity as well as the weaving specification for the 

pick density (pick/cm).  This test could be limited by 

the fabric density. 

6.2. Compression 

 
The compression tests will allow us to understand 

the fibre behaviour of the textile when compressed 

in the moulding process. 

 

This test will give us information about the 

behaviour of the fabric after multiple cycles of 

compression. This parameter is especially important 

for the RTM process, where the fabric is highly 

compressed in the mould. 

 

We will measure material memory after 5 cycles, by 

measuring the thickness according to the pressure 

load on the sample.  This test will show the 

limitations of compression of the material and its 

capacity to revert back to its original form.  This 

property will be critical for the design of the 

preforms. This implies that according to the mould 

cavity and fibre fraction to reach, the material 

thickness will need to be designed to the final 

compaction requirements. 

 

From these tests, we will be able to specify the 

limitations of compaction in percentage and have a 

handle on the need for pre-compaction of the 

preforms before draping in the moulds.  In some 

cases, we expect that we will need to pre-compact 

the preforms to bring the structure to a stable density 

and thickness. 

 

 

6.3. Resin flow 

 
NCS will have interstices to help the resin flow 

through the fabric.  This is due to binder openings.  

These holes will decrease the fibre fraction by 

creating resin rich regions, but should also help 

during the infusion process. 
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We also make the assumption that the binders 

themselves will help in the infusion process, 

regardless of the interstices, as these fibres, even if 

the structure is very compact, will allow infusion 

through the thickness of the fabric by capillarity of 

the yarn. 

 

The air permeability tests should provide us with an 

indication of the porosity due to the interstices along 

the vertical yarns, but no information on the yarn 

capillarity behaviour. We will need to develop a new 

standard test to measure water permeability and 

absorption.  

 

 

6.4. Drapability 

 

Drapability tests will measure the capacity of the 

textile to take shape in a mould.  These tests will 

measure the resistance of the fabric to draping 

around a specific shape.   

 

Also, with these tests we will be able to have a 

handle on fibre misalignment behaviour through 

visual inspection. This characteristic will help the 

design of the fabric structure according to the 

preform geometry.   

 

These tests are important in order to optimize the 

design of complex preforms with uniform density 

requirements. 

 
 

7. Uniform density 

One important issue with thick preforms is to 

optimize the distribution of fibers and voids when 

the reinforcement is bent on single or double 

curvature shapes. 

Thick 3D woven structures produce fibre 

compression and separation when they are bent to 

form mechanically complex components.  Because 

of the displacement of the fibres the volume density 

of fibres becomes non-uniform across its thickness. 

The reason for this effect is simple curvature radius 

adjustments, which change de surface density of the 

fabric depending on its thickness.  This situation is 

not encountered, and rarely discussed in the 

literature, because most of the curved thick 

components produced to date were made from 

multiple thin layer overlaps, which are allowed to 

slip and to adjust to varying radius of curvature due 

to thickness. 

CTT Group and CÉGEP-de-Saint-Hyacinthe 

developed a novel predictive mathematical model to 

project surface densities of 3D curved surfaces onto 

2D planes. The effects of curvature on surface 

density of a thick preform have never been 

determined because most thick woven fabrics are 

made of multiple thin layers.  Our model allows 

visualizing and optimizing the density of weaved 

structures which end up in a better 3D volume and 

surface density of fibers in the final shape. 

8. The modeling 

We created 3D structures using a commercially 

available engineering CAD tool.  Any 3D shape can 

be designed and viewed in 3 dimensions.  All 

dimensions are kept by the tool, and can be used for 

parameterisation of entire structures or sections of it. 

The modeling begins with a least-squares fit of 

uniform 3D sub-surfaces, which are then 

decomposed in conical elements of various 

parameters.   Since a single equation can be used to 

characterize all types of curved shapes, 

Ax
2
+Bxy+Cy

2
+Dx+Ey+F=0                  (2) 

this equation is used to model sub-structural sections 

of 3D shapes and represent them either with a circle, 

ellipse, parabola or hyperbola.  By least squares 

fitting of the sections with varying parameters of the 

conical equation we can extract a mathematically 

simple approximation for the curved section.  The 

advantage of using conical equations is that all 

curvatures and shapes of 3D surfaces can be 

represented.  The conical elements are then analyzed 

for their variable curvature using differentiation of 

angles and integration of projected surfaces of 

uniform density.  

In order to accomplish this we start by defining the 

surface density of the material (DS), which depends 
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on the mass (m) contained within the surface area 

(S): 

   
 

 
        (3) 

 
In the case of a spherical cap (Fig. 7 and 8) with a 

diameter A at the base and a height h, included in a 

sphere of radius r centered at the origin (0, 0), the 

defined 2D function represents a cross-section of the 

spherical cap. The revolution of this function around 

the y-axis will form the spherical cap in 3D because 

of its symmetry.  The diameter at the base, a and the 

height, h are essentially the known variables and the 

radius r depends on the values of a and h.  An 

expression of the radius depending on a and h can 

thus be defined to be substituted in the equation of a 

circle, which will represent the cross-section of the 

entire sphere. 

 

 

 

Fig. 7; Spherical cap on a sphere 

 

 

 

 

Fig. 8; Truncated cone on the left and its development 

on the right 

  

 
The expression of the radius depending on a and h is 

given by (Fig.8): 

 

               
     

  
   (4) 

 
The equation of a circle centered at the origin is 

then: 

 

           
     

  
 
 

         

   
     

  
 
 

     (5) 

 

 
The positive root is chosen for simplicity. This 

expression is then integrated between x=-a, and 

x=+a. 

 

With this equation, we then apply a simple 

projection algorithm to determine the variability or 

gradient of surface density on the 3D perform 

(Fig.9).  

 

 

Fig. 9; Spherical cap function 

 
First, the hypotenuses of each triangle formed by a 

constant predefined iteration of x and the dependent 

variable y are determined with the help of a Maple 

program. 

 

                         (6) 
 

The value of x[i] is constant, and the value of y[i] is 

not y evaluated at x=x[i], but the variation of y; 

                      .  
 
Depending on the variation on y and x, different 

curvature angles occur and this has a direct impact 

on the surface density in a given area of the 

spherical cap. The length of the arc superimposed on 

each of these hypotenuses is defined as: 

 

         
  

  
   

 

   
  (7) 
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We compare the hypotenuses and circle of arcs 

because the hypotenuse resembles a flat projection. 

At curvature angles of 0 degrees and multiples of π, 

there is no notable variation of density. The maximal 

variation is at 45 degree angles. We need the 

minimum and maximum density variation (0 deg 

and 45deg) because the density variation depends on 

the curvature angle and the ratios between the length 

of the curved area and the length of the 

corresponding flat area (we consider that there is the 

same quantity of threads in both areas after the 

deformation).  

 

Hence, the hypotenuses and arcs calculated are the 

measurement of a given area we need to define. 

Because of the spherical symmetry of the 3D shape 

(in this particular case), we can assume the density 

has circular symmetry all around the shape for a 

given height. In this way we can define areas in the 

shape of trapezes for which the height will 

correspond to either the arc or the hypotenuse, and 

the two bases will correspond to the two 

circumferences of the spherical cap at point x=x[i-1] 

and x=x[i], where the values of x at these points 

correspond to the radius of the circular base (when 

centered at the origin). The spherical cap can be 

considered as a piling up of truncated cones of 

different sizes, with a large base of B and a small 

base of b.   

 

             
      

 
 

         
           

              
                  

 
 

                               (8) 

 
The value of h is either the hypotenuse or the length 

of the arc on the iteration. We can define a density 

factor with ratio of these two areas on the same 

iteration.  

 

       
                                

 
                             

 

 

             

          
                               (9) 

 

This is simply the ratio of the lengths because we 

assumed that the threads do not move in or out of a 

certain area while we’re deforming the tissue, which 

is imprecise. Depending on the angles of 

deformation, the patterns of the threads are 

modified. We considered this negligible. The surface 

density, as defined in equation 2, depends on the 

quantity of threads. By projecting the displacement 

of the threads due to curvature we can redefine the 

surface density for each area and get the true density 

factor. 

 
The algorithm we apply needs to be done for each 

layer of fabric since the deformation affects each 

one differently. The functions on which we apply the 

algorithm will differ because of the varying 

curvature radius depending on thickness.  The 

functions can be considered similar (they have 

necessarily the same parameters), and the curvature 

angles are the same. We only need to apply the 

algorithm on the two layers at the upper and lower 

surfaces. In fact, the density factors on the lower 

surface are the inverse ratios of the density factors of 

the upper surface to maintain the symmetry and thus, 

the layers at the center have their density factors 

almost equivalent to the density factors when 

unbent. The density gradients between each layer 

need to be harmonized and progressively increased 

or decreased depending on the curvature. The 

convex surface is where the density is lowered 

because of the stretching. The shape will have its 

density augmented on the concave surface.  

 
Although the dimensions of each trapeze are defined 

as an area with a certain density factor, the height of 

the trapezes (the hypotenuses and arcs of circle) are 

only used to delineate the zone of uniform density in 

the 2D surface.  

 

Finally, the spherical cap can be considered as being 

a rounded cone, for which we must delineate the 

area which needs to be woven with the variable 

surface densities.  The surface density factor is then 

derived for small elements of surface and is 

transformed into a percentage of increase or 

decrease applicable on the initial surface density. 

We modify the quantity of threads in specific areas 

according to these percentages so when the spherical 
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cap is formed, a uniform density 3D shape is 

obtained.  

 

The coarseness of our modeling may influence our 

results in areas where curvature is important. We can 

adjust this factor for such areas, allowing us to 

model stronger curvature angles where needed. The 

number of iterations determines the number of 

density factors obtained in the final model. 

 

9. The weaving process 

 
After determining the final density profile and 

density gradients needed in each area, we can then 

proceed to construct the 2D shape in our specially 

developed 3D weaving modeling tool (©EasyJC).  

Our special purpose modeling and weaving software 

allows us to define the 3D weaving patterns which 

are required by the pattern modeling presented in the 

previous section.  Each weaving pattern is defined as 

a “zone”, which can be of variable size, but which 

represents an element sufficiently small compared to 

the final shape.  For each zone element, the weaving 

pattern is carefully chosen to represent the calculated 

density gradient in an area of the final shape to be 

produced.  Fig. 5 shows a typical 9 layer weaving 

pattern, where a progressive density (from top to 

bottom) weaving pattern is seen. 

 

 

Fig. 5: 3D woven zone element 

 

By defining the zone elements needed for each 

density factor, we can then “draw” the 3D projected 

shape in our software, as shown in Fig. 6.  Each 

color represents a different density factor and 

weaving pattern.  The calculated density factors 

reach approximately 17% above and below the un-

curved density in this case. 

 

 

 

Fig. 6: Uniform density 2D projected spherical cap 

 
The final 2D thick model of the shape is then 

complete, and can be exported as JC5 binary data, 

which is then loaded directly onto our weaving 

machine to produce the final shape. 

 

10. Conclusions 

Traditional weaving is limited in its ability to 

produce complex 3D preforms. A special weaving 

process was developed to produce dry textile 3D 

preforms. This process has the ability to produce 

complex structures for multilayer textiles and shaped 

preforms with optimised fibre distribution and 

orientation.  Our team is in the process of testing 

various parameters of thick weaving using NCS and 

Interlocks, to create structurally optimized 3D 

woven shapes with uniform density. 

Using mathematical modeling of the projected 

surface densities of 3D curved thick preforms we are 

able to create 3D shapes of uniform surface density 

weaved in 2D on a standard weaving machine. The 

final 3D shapes offer optimal fiber placement for 

uniform surface density.  Our next step is to 

optimize our patterns and test them for different 

usage and different load patterns. We then expect to 

push the limits for lighter and stronger parts that will 

be easier to manufacture and more consistent. Our 

technology will also allow us to insert reinforcement 

ICCM19 1081



 

10 
 

 

in weak points in a perfectly optimized orientation 

for even stronger parts. The next goal will then be to 

create more and more shapes for the different needs 

of the composite industry.  
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1 Introduction  

This paper is a continuation of an investigation by 
Shah, Melo, Cimini Jr. and Fong [1], who presented 
a case study where failure envelope of open hole 
specimens was first obtained numerically for a 
quasi-isotropic carbon fiber-epoxy laminate from the 
average material properties of smooth specimens. 
Using the method of statistical design of 
experiments and finite element method-based 
simulation of failure at estimated variation of the 
material properties, they showed how the average-
property-based failure envelope can be 
supplemented with uncertainty estimates by using 
DATAPLOT [2], a public-domain statistical analysis 
software package available online. In this paper, we 
will go one step further by scaling up the specimen-
based failure envelope to the full-scale structures 
with the estimation of the A-basis (99% coverage; 
95% confidence) and B-basis (90% coverage; 95% 
confidence) design allowables from the theory of 
tolerance limits. 

For completeness, we begin this paper with the same 
observation made by Shah, Melo, Cimini Jr., and 
Fong in their 2010 paper [1] that lightweight 
engineering structures such as aircraft fuselage 
contain a number of openings and notches due to the 
presence of windows, doors, access points, bolt 
holes, rivet joints, etc. Stress concentrations 
developed around these notches and openings make 
them a potential source for failure initiation. Thus 
numerous studies have been conducted to investigate 
the strength of notched laminates including open 
holes and filled holes [3-13].  

In aerospace industry, open hole tests have been 
standardized as a method to generate design 
allowable [8-11]. However, standards for such open 
hole tests are only limited to uniaxial tension or 
compression loadings. This is primarily due to the 
fact that testing for biaxially loaded specimens is not 
only very difficult but also expensive. Thus often, 
data generated from the open hole tension and 
compression tests, designated as Category 3, are 
coupled with criteria such as maximum stress 
criterion to estimate the strength in biaxial loads. 
Such approach may produce either over-
conservative or unsafe design [11]. Further, such 
design allowable generated using notched specimens 
are very much specific to the layup definition and 
geometry and therefore cannot be generalized. It is 
then recommended the notched design allowable be 
computed using data-set from smooth specimens, 
producing Category 2 data using Category 1 data. 
This not only eliminates the erroneous approach of 
using uniaxial data to empirically estimate biaxial 
data but also reduces the experimental costs 
involved in design and optimization phase by one 
order of magnitude [12]. 

In order to obtain Category 2 data from Category 1 
data, computational methods such as finite element 
analysis can be used [13]. However, results obtained 
from such numerical computation rely heavily on the 
accuracy of data supplied for Category 1, which are 
among many, mechanical and hygro-thermal 
properties of the composite. Although the standard 
practice in measuring these Category 1 data consists 
of the testing of a number of coupons, the results are 
often reported as average values without any 
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statistical variation information. The material 
properties reported in industrial datasheet as well as 
standard handbooks only consists of such average 
values. 
During numerical simulation to generate Category 2 
data, the reported average values for Category 1 
data, without any statistical variation, are taken into 
consideration, which leads to numerical results 
lacking statistical uncertainties. Also, the effect of 
the statistical variation of any property on the final 
result was ignored. Even with a state of the art 
numerical prediction tool, the results might be 
different from those expected as they do not include 
the statistical variations unlike experimental 
observations. It is apparent that the completeness of 
Category 2 data generated from Category 1 data is 
significantly dependent upon the completeness of 
the supplied raw data for the smooth specimens. 
Thus there is a need for including such statistical 
variation in Category 1 data. 

In this work, numerical computation for design 
allowable of smooth specimen from Category 1 ply 
strength data is coupled with a statistical tool in 
order to estimate the open hole strengths with their 
respective statistical parameters for a quasi-isotropic 
laminate for biaxial loading condition. In addition, 
failure envelopes for A-basis and B-basis design 
allowables are also presented. 

2 Tool for Statistical Analysis (DATAPLOT) 

The statistical analysis performed in this work was 
based on the software DATAPLOT from NIST 
(National Institute of Standards and Technology) [2, 
14-16]. DATAPLOT [2] is a multiplatform software 
for scientific visualization, statistical analysis and 
non-linear modeling. The option for Design of 
Experiments (DEX) was used. It allows associating 
an experimental design to a virtual finite element 
method simulation including variation on the input 
parameters in order to perform an estimation within 
95 % confidence interval.  

3 Smooth Specimen Properties ‒ A Numerical 
Example 

An open hole notched plate was considered as 
reported in an experimental study [17]. A square 
plate of 32mm x 32mm size has a central circular 

opening with a diameter of 6.35 mm as shown in 
Figure 1. The laminate was made up of quasi-
isotropic [45/90/-45/0]4s IM7/8552 composite, with 
overall thickness of 4mm. The mechanical properties 
of the material are as shown in Table 1 [17], which 
forms Category 1 data. 

 
Fig.1. Open hole IM7/8552 plate. 

 
In Table 1, Exx, Eyy and Gxy are the longitudinal, 
transverse and shear modulus of elasticity, 
respectively; xy is the main Poisson’s ratio; X, X’, Y, 
Y’, and S, are longitudinal tensile, longitudinal 
compressive, transverse tensile, transverse 
compressive and interlaminar shear strengths, 
respectively.  

Table 1. Ply properties of IM7/8552 (Category 1). 

Exx 

GPa 
Eyy 

GPa 
Gxy 

GPa 
xy 

 
X / X’ 

MPa 
Y / Y’ 

MPa 
S 

MPa 
Thickness 

mm 

150 11 4.6 0.3 2,400 / 
1,690 

111 / 
250 120 0.125 

 

It should be noted that Category 1 data reported in 
[17] are average values and do not have any 
statistical information (e.g., standard deviation, 
coefficient of variation, sample size, etc.). In order 
to consider the data for this work along with 
statistical variations based on the reference values in 
Table 1, four ply strengths were varied within 
feasible range as shown in Table 2. For a statistical 
design of experiments [18], we choose a 2-level, full 
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factorial design for four factors plus a center point. 
This means we need a total of 24 + 1 , or, 17 runs.  
A total of 17 combinations, designated as Runs 1 
though 17, were considered which would serve as 
input data for computational runs performed in this 
study. The first combination in Table 2 represents 
the average values. 

It can be observed, in Table 2, that the variations 
were included only for tensile and compressive 
longitudinal strengths (X and X’) and for tensile and 
compressive transverse strengths (Y and Y’). The 
coefficient of variations included were 14% for X, 
21% for X’, 11% for Y, 20% for Y’, obtained 
using arbitrary two standard variations (2) for the 
average data from reference [17]. Such arbitrary 
variation was chosen primarily to observe the effect 
of such variation on the final result from the 
simulation, the result being the ultimate strengths of 
the specimen. Although in this work statistical 
variations considered are limited to these four ply 
strengths, the same should be considered for other 
properties in Table 1 for data completeness. 

 

With inputs from Table 2, numerical analysis was 
performed to extract failure envelopes for the open 
hole specimen under inplane (1,2) biaxial loading 
conditions. For this, finite element method (FEM) 
based tool MicMac/FEA [13] was chosen. The code 

interfaces with ABAQUS Student Edition to 
perform failure analysis of the given specimen at 
various biaxial loading combinations, plotting as 
result a failure envelope for the given specimen. The 
FEM model was created with conventional shell 
elements of quadrilateral S4R type. Since 
delamination was not observed in the experimental 
study [17] for the considered plate thickness, no 
delamination was simulated. A structured meshing 
scheme was implemented with 512 elements and 
544 nodes as shown in Figure 2. A simultaneous 
degradation scheme was chosen to compute the 
tensile or compressive ultimate strength of the 
specimen. In this scheme, once a failure initiation 
was noticed as per Tsai-Wu criterion, elastic 
properties of the whole laminate are degraded to 
obtain the ultimate ply failure strength. This method 
was chosen for demonstration purposes of statistical 
analysis due to its computational efficiency, 
although results obtained generally yields to 
relatively conservative predictions as compared to 
more accurate methods such as progressive damage 
models. 

 
Fig.2. Finite element mesh design for the open hole 

specimen. 

4 Smooth Specimen Properties With Uncertainty 
Estimation 

A total of 17 failure envelopes were obtained for the 
open hole specimen. Each set corresponds to the 
input data (Runs 1 to 17) as reported in each row of 
Table 2. In Figure 3, a failure envelope obtained 

Table 2. Ply properties variations for IM7/8552.
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using average ply strengths (Run-1) is plotted along 
with the data obtained from entire combinations 
considered (Runs 2 to 17) in Table 2. It is evident 
that the design allowable generated using average 
values do not address the possibility of the data 
scatter as would be covered by inclusion of 
statistical variation in the input strengths. 

 
Fig.3. Failure envelope for the open hole specimen. 

Similarly, Figure 4 represents inner and outer limits 
for possible failure plot data points with all the 
statistical variation considered for the input ply level 
strength parameters (Runs 1-17). 

 
Fig.4. Limits for possible failure plot data points 

with all the statistical variation considered        
(Runs 1-17). 

In Table 3, biaxial strengths (1ULT, 2ULT) of the 
specimen with properties considered in Run-1 
(average values), Run-5 and Run-16 are given for 

varying load ratio. These given values are taken 
from the corresponding locus of the failure 
envelopes. It is observed that the computed biaxial 
strength with statistical variation in consideration 
can vary up to 22% of that of the strength obtained 
from average value only (Run-1).  

 

 
The statistical procedure adopted was to associate 
each experimental design to its respective finite 
element simulation in order to predict the selected 
strengths within a 95% confidence interval. Using 
the finite element analysis results, it was possible to 
estimate the statistical strength parameters for all the 
eight load cases studied. Therefore, Figures 5 to 9 
graphically depict these parameters in a normal 
distribution, which we choose to model as a first 
approximation. Here, Figure 5 presents the strength 
estimated with respective statistical parameters for 
load ratio 1:2 of 1:0 (unidirectional tensile). Figure 
6 presents the strength estimated with respective 
statistical parameters for load ratio 1:2 of 1:1 (first 
quadrant in 1-2 domain). Figure 7 presents the 
strength estimated with respective statistical 
parameters for load ratio 1:2 of -1:1 (second 
quadrant in 1-2 domain). Figure 8 presents the 
strength estimated with respective statistical 
parameters for load ratio 1:2 of -1:0 
(unidirectional compressive). Figure 9 presents the 
strength estimated with respective statistical 
parameters for load ratio 1:2 of -1:-1 (third 
quadrant in 1-2 domain). 

Table 3. Computed biaxial strengths for 
representative Runs. 
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Fig.5. Estimated open hole laminate statistical 

tensile strength for Case (a) Load ratio 1:2 = 1:0. 

 
Fig.6. Estimated open hole laminate statistical 

tensile strength for Case (b) Load ratio 1:2 = 1:1. 

 

Fig.7. Estimated open hole laminate statistical 
tensile strength for Case (c) Load ratio 1:2 = -1:1. 

 
Fig.8. Estimated open hole laminate statistical 

tensile strength for Case (d) Load ratio 1:2 = -1:0. 

 
Fig.9. Estimated open hole laminate statistical 

tensile strength for Case (e) Load ratio 1:2 = -1:-1. 

Table 4 shows a summary of the main estimated 
statistical strength parameters for all load ratio cases, 
which are mean, standard deviation, coefficient of 
variations and 95% bounds. The coefficient of 
variations is given by the standard deviation divided 
by the mean. It can be observed that the coefficient 
of variations for the three first load ratio cases 1:2 
of 1:0, 1:1, and 0:1 presented the same value of 
0.071. On the other hand, the coefficient of 
variations for the remaining five load ratio cases     
(-1:1, -1:0, -1:-1, 0:-1, and 1:-1) also presented the 
same value, 0.106, however different from the 
previous three load ratio cases. This occurs because 
the open hole biaxial strengths for the first three load 
ratio cases were controlled by the ply tensile 
strength, which had lower variation, while the 
strengths for the remaining five load ratio cases were 
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controlled by the ply compressive strength, which 
had higher variation (Table 2). 

 

 

5 Theory of Tolerance Limits And MIL-
Handbook-17-1F, Chapter 8 

To show how we extrapolate the smooth specimen 
properties of a certain material with a prediction 
95% confidence interval such as those given in the 
last column of Table 4, to the integrity assessment of 
a full-scale structure of the "same" material, we 
apply the classical theory of tolerance limits (see, 
Prochan [19], Eisenhart, Hastay and Wallis [20], 
Natrella [21], and Beyer [22]) and its 
implementation in the MIL-Handbook-17-1F [23]. 
As stated in the introductory section of Chapter 8 of 
this handbook [23], 

“Variability in composite material property data 
may result from a number of sources including 
run-to-run variability in fabrication, batch-to-
batch variability of raw materials, testing 
variability, and variability intrinsic to the 
material.” 

“It is important to acknowledge this variability 
when designing with composites and to 
incorporate it in design values of material 
properties. Procedures for calculating 
statistically-based material properties are 
provided in this chapter.” 

 

For some background information on the notion of a 
confidence interval, we refer our readers to 
engineering statistics textbooks such as Nelson, 
Coffin, and Copeland [24], and Vining and 
Kowalski [25], where the former includes an 
excellent presentation of not just one but three types 
of confidence intervals [24, pp. 165-181], namely, 
(1) confidence interval, (2) predictive interval, and 
(3) tolerance interval. Some interesting properties of 
the tolerance interval, as noted in [24, p. 178], are 
quoted below:  

“The width of a tolerance interval depends 
mostly on the amount of spread (e.g., standard 
deviation) in the population.” 

"If the members of the population vary widely, 
tolerance intervals will necessarily be wide, no 
matter how large a sample is taken.” 

"The simplest situation for constructing tolerance 
intervals is when the underlying population is (at 
least approximately) normally distributed.” 

In the handbook [23], details of calculating the 
tolerance intervals and design bases were given for 
three commonly-used distributions, namely, the 
normal, the lognormal, and the two-parameter 
Weibull. In this paper, we will illustrate our 
methodology by assuming the simplest underlying 
distribution, namely, the normal. Furthermore, we 
assume that our data sets are “unstructured” as 
defined in [23], namely, “data for which all relevant 
information is contained in the response 
measurements themselves,” and “these 
measurements are all that is known.” 

6 A- and B-Basis Design Allowables 

We adopt the definitions of the A-basis and B-basis 
values or design allowables as follows [23]:  

“A-basis value -- A statistically-based material 
property; a 95 % lower confidence bound on the 
first percentile of a specified population of 
measurements,” or, “a  95 % lower tolerance 
bound for the upper 99 % (coverage) of a 
specified population.”  

The two definitions are identical to each other. 

“B-basis value -- A statistically-based material 
property; a 95 % lower confidence bound on the 

Table 4. Estimated open hole laminate 
statistical strengths based on a 4-factor, 2-level, 

orthogonal factorial design of a 17-run finite 
element simulation experiment simulations.
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tenth percentile of a specified population of 
measurements,” or, “a 95 % lower tolerance 
bound for the upper 90 % (coverage) of a 
specified population.”  

The two definitions are identical to each other. 

Assuming our data set is unstructured and normally 
distributed, we wrote a macro in DATAPLOT to 
calculate the A-basis and B-basis design allowables 
from the set of means and standard deviations of 
smooth specimen properties given in Table 4. Our 
results are given in Table 5. A listing of the 
DATAPLOT macro is given in Appendix A. A 
typical output file from the macro is given in 
Appendix B. 

Table 5. Design allowables of open hole composite 
laminates estimated from smooth specimen 

properties assuming normal distribution. 

 

 
Fig.10. The five distinct cases (a) to (e) of the failure 

envelope. 
 

 
Fig.11. Mean value and two design allowables for 

each case. 

A graphical representation of the five distinct cases 
of a failure envelope is given in Figure 10. The 
relationship between the mean value and two design 
allowables for each case is shown in Figure 11. 

7 Significance and Limitations of Results 

Two sets of results are presented in this paper. We 
use the design of experiments methodology to 
estimate uncertainty in smooth specimen properties 
(first set of results), and the theory of tolerance 
limits to extrapolate the smooth specimen properties 
to full-scale structures (second set of results). Both 
sets are significant in accomplishing three 
fundamental objectives in engineering and materials 
science, namely, (1) to resolve the data scatter 
problem of a material characterization test, (2) to 
report the results of such a task with an error bar, 
and (3) to apply a laboratory measurement to a full-
scale structure with an expression of uncertainty. As 
shown by Fong et al., in two recent articles on 
failure analysis [26, 27], the availability of an error 
bar in material property measurements such as yield 
strength, ultimate tensile strength, buckling strength, 
and fracture toughness provides a basis for using a 
non-deterministic and physically more realistic 
model to simulate progressive weakening and partial 

(MPa) 

(MPa) 
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or complete failure of a structure or component in an 
abnormal or aging-related collapse scenario. 

Clearly, the two uncertainty-estimation 
methodologies as applied to the design problem are 
not without limitations. For the first methodology, 
i.e., the use of the powerful method of design of 
experiments (DEX) to reduce any number of factors 
to two or less dominant ones (as shown in a typical 
output plot in Figure 12) , the primary limitation 
stems from the difficulty of reducing a large list of 
test-related factors to a small and manageable 
number. A second and perhaps more serious 
limitation is the judgment-based requirement of high 
and low settings of each factor, making the 
experimental runs more difficult and the analysis 
outcome less rigorous when the setting is not 
achieved to a desired value.  

 
Fig. 12. A typical DEX-analysis output plot file 

from one of 16 runs. 

For the second methodology (tolerance limits), the 
user needs to be aware that the validity of the 
tolerance factors furnished by Natrella [21], or 
Beyer [22] and estimated in MIL-Handbook-17-1F 
[23] hinges on the assumption that the measured 
data is normally distributed. This means that all such 
experimental data need to be tested for normality, 
and if they fail, we need to apply methods for non-
normal populations. Nevertheless, as long as the user 
is aware of those limitations and interprets the 
results of the analysis accordingly, we believe the 
two methodologies are useful additions to the 
engineer's tool box. 

8 Concluding Remarks 

The results presented in this paper establish not only 
the importance of inclusion of statistical variation in 
Category 1, but also the usefulness of the 
methodology in evaluating A-basis and B-basis 
design allowables. Ignoring the statistical variation 
for smooth specimen data readily affects the 
completeness of design allowable generated as 
Category 2 data. Deterministic result obtained from 
the traditional average-value-type of calculations is 
inadequate as a basis for reliability analysis of 
composite structures.  

We wish to make two more points on the limitations 
of the uncertainty quantification (UQ) methodology 
described in this paper. First of all, we chose a very 
simple path to estimating the uncertainties of all 
stress variables and material parameters by 
endowing each quantity with two numbers, namely, 
mean and standard deviation. In reality, this is only a 
first step in a long journey toward a proper way to 
address the systematic and random uncertainties of 
composites failure strength prediction problem, as 
shown in an ISO guide to the expression of 
uncertainty in measurement [28] and a recent review 
paper by Kacker, Sommer and Kessel [29]. Secondly, 
the stochastic nature of the ultimate failure of a 
specimen or a full-scale composite structure requires 
an understanding of the stochastic nature of the 
progressive weakening of their microstructure due to 
various failure modes such as debonding and fiber 
breaking, as shown in a companion paper by Fong, 
Marcal, Heckert and Filliben [30]. Nevertheless, our 
simple-minded approach does offer a statistically-
based and computationally-friendly method to assess 
composites failure theories versus experimental data 
and to generate an evidence-based ultimate strength 
design allowables for aircraft design. 
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APPENDIX A 

. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
,      THIS IS A DATAPLOT FILE.   DATE OF EXECUTABLE FILE:  JUNE 14, 2012 
, ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
. Date:   Aug. 20, 2012            Filename:       fong820a.dp 
. 
. By:         Jeffrey T. Fong,     Div. 771, NIST, fong@nist.gov 
. 
.         and N. Alan Heckert,     Div. 776, NIST, alan.heckert@nist.gov 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
.   Purpose:  Given       mean (xmean), standard deviation (xsd), and   
.                                      sample size (n) of a univariate distribution, and 
.                    assume    the distribution is normal, 
.                    find          the one‐sided lower tolerance limits for  
. 
.                                    90%, 95%, 99% confidence levels, and  
.                                    50%, 75%, 90%, 95%, 99%, 99.9% coverages  
.                                    in a tabular format. 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
.     Step 1:  Input sample size (n), mean (xmean), and stand. dev. (xsd) 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
echo on 
capture fong820a.out 
set write decimals 6 
. 
let n = 17 
let xmean = 266.25 
let xsd = 18.88 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
.     Step 2:  Calculate one‐sided lower tolerance limits (display table format) 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
normal summary lower tolerance limits xmean xsd n 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
.     Step 3:  Calculate and display A‐basis (A2) and B‐basis (B2) allowables 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
. ‐‐‐‐‐  Note: Input specific confidence level (alpha) and coverage (gamma) 
let alpha = 0.95 
. ‐‐‐‐‐‐‐ one‐sided tolerance limits for A‐basis allowable (gamma = 0.99) 
let gamma = 0.99 
let xmeanvec = data xmean 
let xsdvec   = data xsd 
let nvec     = data n 
let A2 = summary normal toleranc one sided lower limit xmeanvec xsdvec nvec 
. 
. ‐‐‐‐‐‐‐ one‐sided tolerance limits for B‐basis allowable (gamma = 0.90) 
let gamma = 0.90 
let B2 = summary normal toleranc one sided lower limit xmeanvec xsdvec nvec 
. 
end of capture 
echo off 
Exit 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
.   END OF A DATAPLOT CODE.     NAME OF CODE:  fong820a.dp   Aug 20, 2012 
. ‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
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THEORETICAL FAILURE ENVELOPES OF OPEN HOLE COMPOSITE LAMINATES WITH 
A- AND B-BASIS ALLOWABLES ESTIMATED FROM SMOOTH SPECIMEN PROPERTIES

APPENDIX  B 

A typical output file of the computer code using 
DATAPLOT [2] to calculate the A-and B-basis 
design allowables for a biaxial load ratio and the 
associated sample size, mean and standard deviation 
of the estimated open-hole laminate strength is given 
below:  

Name of output file:     fong820a.out      
 
       **  let n = 17  ** 
THE COMPUTED VALUE OF THE CONSTANT N        =   0.1700000E+02 
 
        **  let xmean = 266.25  ** 
THE COMPUTED VALUE OF THE CONSTANT XMEAN    =   0.2662500E+03 
 
       **  let xsd = 18.88  ** 
THE COMPUTED VALUE OF THE CONSTANT XSD      =   0.1888000E+02 
 
              One‐Sided Lower Normal Tolerance Limits: 
 
Summary Statistics: 
Number of Observations:                              17 
Sample Mean:                                           266.250000 
Sample Standard Deviation:                     18.879999 
 
 
 Confidence = 95% 
‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
    Coverage              k          Lower 
   Value (%)         Factor          Limit 
‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐‐ 
        50.0       0.423438     258.255472 
        75.0       1.220493     243.207081 
        90.0       2.001713     228.457646     ‐‐‐ B‐basis 
        95.0       2.486268     219.309256 
        99.0       3.414407     201.785994     ‐‐‐ A‐basis 
        99.9       4.471363     181.830662 
  
THE COMPUTED VALUE OF THE CONSTANT A2            =    201.7860   (A‐basis) 
 THE COMPUTED VALUE OF THE CONSTANT B2            =    228.4576   (B‐basis) 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Over the past 15+ years there has been a large focus 

on the research and development of carbon 

nanotube-reinforced composites. Because the carbon 

nanotubes are much smaller than conventional 

advanced fibers it has been shown that nanotubes 

can be used to modify matrix-dominated properties 

of fiber reinforced composite materials, including in-

plane and interlaminar properties [1]. Initially, it was 

expected that the extremely large aspect ratio and 

high axial strength and stiffness of nanotubes would 

result in a dramatic increase in mechanical 

properties of composites. However, only matrix 

dominated mechanical properties were improved to 

a significant degree [2, 3].  

One of their most unique properties is the formation 

of electrically conductive networks at low carbon 

nanotube concentrations, often below 0.1 wt% of 

carbon nanotubes. Nanotubes have a high current 

carrying capacity and an inherent mixture of metallic 

and semiconductor-like electrical behavior 

originating from their atomic structure and layering 

(as in the case of multi-walled nanotubes). More 

passive uses, such as electromagnetic shielding and 

increased electrical/thermal conductivity, were of 

initial interest. This unique ability to form networks 

has enabled their use as materials where their 

piezoresistivity – the change of electrical properties 

with applied deformation that is higher than 

expected based on simple dimensional changes – can 

be exploited in sensing applications.  

Thostenson et al. [4] developed approaches for in 

situ sensing of microcracks using a percolating 

network of nanotubes in fiber-reinforced 

composites. A combination of linear and non-linear 

piezoresistive behavior was observed, with the non-

linearity resulting from the formation of matrix 

cracks. The damage sensing functionality has its 

origins in the changes occurring in the carbon 

nanotube interphase, or the nanotube/nanotube 

tunneling junctions in the percolating networks [5]. 

Current methods of monitoring the health of critical 

structures and components, such as c-scan non-

destructive evaluation (NDE), typically cannot be 

used during service. This greatly limits their 

effectiveness in tracking damage growth and 

predicting failure. There is a need to implement real-

time in situ sensing technologies which are scalable 

and non-detrimental to the structure, giving real-time 

information to users/operators in order to improve 

safety and reliability. In addition to structural health 

monitoring based on the sensing of deformation and 

cracking, we have recently explored other sensing 

capabilities of nanotube-based composites using 

electrical resistance measurement and high-

frequency time-domain reflectometery (TDR). It 

was shown in [6-9] that these methods are effective 

in sensing temperature, polymer mobility and other 

thermomechanical processes.   

In this research, we evaluate the thermoresistive 

behavior of carbon nanotube composites for sensing 

of resin cure as well as thermomechanical changes 

that occur during in-service exposure to extreme 

temperatures. Since the nanocomposite bulk 

resistivity is dominated by the tunneling resistance at 

nanotube/nanotube junctions the nanotubes 

effectively act as a network of sensors that can 

detect thermal transitions and other thermochemical 

changes in situ. Electrical resistance and TDR 

measurements were made in situ during several 

experimental techniques in order to correlated signal 

change to intrinsic material changes.  These included 

thermomechanical analysis (TMA), torsional braid 

analysis (TBA), combined mechanical/thermal 

cycling, and various loading regimes (tensile, shear, 

etc.). The data shows that the sensing is based on the 
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tunneling of electrons through a thin polymer 

interface between individual nanotubes dispersed in 

the material (Figure 1). The resulting percolating 

network of nano-scale sensors return powerful 

information originating from changes in the local 

electrical properties. 

 

 

Fig.1. Illustration showing tunneling of electrons 

between nanotubes dispersed in a polymer matrix. 

 

2 Materials 

2.1 Material Synthesis and Functionalization 

The polymer matrix systems studied in this work are 

all thermosetting vinyl ester resins. Vinyl ester 

resins are commonly used in a variety of industrial 

applications because of their low viscosity and 

tailorable curing characteristics which make them 

suitable for many out-of-autoclave resin infusion 

processes. Commercial vinyl ester (VE) resins are 

available as blends of VE monomer and styrene 

monomer. This limits their processability in some 

mixing operations because of the high volatility of 

the styrene component. For this reason, the VE 

resins used with carbon nanotubes in this work were 

synthesized in-house from a bisphenol-F type epoxy 

monomer (EPON Resin 862, Momentive, USA) and 

methacrylic acid with triphenlyphosphine and 

triphenylantimony (III) (99 %, Sigma-Aldrich, USA) 

as catalysts at 0.25 and 0.75 wt%, respectively.  

A batch of 100 g epoxy was reacted at 90 to 95 °C 

while stirring for 2 hr and allowed to cool to room 

temperature. As shown in Figure 2, the esterification 

reaction involves the opening of the epoxy ring 

groups and subsequent termination with the ester 

groups forming VE monomer. Styrene monomer (≥ 

99 %, ReagentPlus, Sigma-Aldrich, USA) was 

mixed in at a later stage at 40 wt%. Immediately 

prior to vacuum infusion or casting, the accelerator 

(6 % cobalt naphthenate in mineral spirits, Sigma-

Aldrich, USA) and curing agent (Trigonox 239, 

AzkoNobel, USA) were added at 0.2 and 1 wt%, 

respectively.  

For larger-scale composites that did not require 

direct carbon nanotube dispersion a commercial 

vinyl ester resin was used (Derakane® 501A-40, 

Ashland Inc.). Two different initiator/accelerator 

combinations were used for fast and slow curing. (1) 

2% methyl ethyl ketone peroxide (Chemtura Inc.) as 

the accelerator and 0.3% Cobalt-Naphthenate (6% 

Cobalt, Mahagony Co.) as initiator; (2) Derakane 

501A-40 with 1.5% Trigonox® 311 (AkzoNobel) as 

the accelerator, 0.2% Cobalt-Naphthenate as initiator 

and 0.5% Acetyl Acetone (0.05%) as an inhibitor. 

In some cases, it was necessary to functionalize the 

nanotubes to make them more compatible with the 

matrix resin system. Carbon nanotubes (CM-95, 

Hanwha Nanotech, Korea) were oxidized in a dilute 

solution of ultra-pure deionized water (1 g/L CNT 

concentration) while undergoing ultrasonication and 

ozoneolysis using a previously developed method 

[9]. A peristaltic pump (MU-D01, Major Science, 

USA) was used to circulate the CNT solution 

through a sonicator cell (Sonicator 3000, Misonix, 

with 800B Flocell, Qsonica, USA) and into an 

Erlenmeyer flask with ozone gas bubbler. Ozone gas 

was produced by corona discharge with an oxygen-

fed ozone generator (1000BT-12, Taoture 

International Enterprises Inc, China). Both the 

sonication cell and Erlenmeyer flask were 

maintained at 5°C. Using previous x-ray 

photoelectron spectroscopy (XPS) results of An and 

co-workers [9], the treatment time of six hours 

resulted in an oxygen-to-carbon ratio of about 0.09, 

versus 0.02 for untreated CNT.  

2.2 Composites Manufacturing 

To manufacture structural composites with CNTs 

and bulk nanocomposite samples, a calendering 
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method was used to disperse nanotubes in the resin.  

Calendering requires the use of stable non-volatile 

mixing media because of the high surface area to 

mixing-volume ratio involved. For this reason, 

CNTs were dispersed in VE monomer and not the 

VE/styrene blends available commercially. Figure 2 

shows a schematic of the 3-roll-mill calendering 

apparatus used to disperse CNTs (EXAKT 80E, 

EXAKT Technologies, USA) and lists the key 

processing parameters (roller speeds and gap 

settings). The process involved passing a batch of 80 

to 120 g VE monomer/CNT mixture from the 

collector plate back to the material feed section 

while periodically decreasing the roller gap settings.  

This procedure results in a high dispersion of CNTs 

in the VE monomer [10]. The styrene monomer was 

mixed in at 40 wt% using a hand-held homogenizer 

(Tissuemiser Homogenizer, Fisher Scientific, USA).  

Final CNT concentrations ranging from 0.1 to 1 wt% 

were prepared using this method. 

To manufacture very small samples of resin (~ 10 g) 

with CNT concentrations ranging from 0.1 wt% to 1 

wt%, oxidized CNTs were extracted from the 

aqueous solution prepared using the procedure in 

Section 2.1 using electrophoretic deposition (EPD).  

An electric field strength of about 30 V/cm was 

applied for 2 hr between stainless steel electrode 

plates.  This caused the CNTs to collect onto the 

electrode plates and fall out of solution.  The product 

was collected and dried overnight on a hot plate at 

80 °C.  A 50 % yield of the original CNT mass was 

achieved.  To disperse the oxidized nanotubes in 

vinyl ester resin, the CNTs, with a few drops of 

styrene monomer, were briefly milled in a mortar 

and pestle to break apart the wafer-like product into 

smaller agglomerates.  This paste was then added to 

the VE and styrene mixture and placed in a 

sonication bath (Branson 1510, Emerson Industrial 

Automation, USA) for 3 h. 

To fabricate structural composites with glass fiber 

reinforcement, a vacuum assisted resin transfer 

molding (VARTM) process was used. The VARTM 

process can be used to fabricate large complex 

geometry parts and is well suited for laboratory scale 

manufacturing. It is a low-cost method which can 

 

Fig. 2. Schematic of 3-roll-mill showing key 

parameters of the high shear mixing process [10]. 
 

be used with a variety of tooling surfaces, including 

the “smart tooling” described in later sections.  The 

cure cycle was 12+ hr at room temperature, followed 

by 2 hr at 165°C. This cure cycle determined from a 

differential scanning calorimetry (DSC) study [11] 

to give a complete reaction of the vinyl ester and 

styrene monomers. 

3. Nanotube-Based Tunneling for Sensing 

3.1 Thermochemical Response During Cure 

Considering the sensitivity to polymer relaxation 

processes observed during thermoresistive analysis 

[6], it was expected that the technique could be 

adapted to monitor the cure process.  To evaluate the 

thermochemical sensing performance of CNT/VE 

nanocomposites, a specialized test was designed 

based on torsional braid analysis (TBA) with in situ 

electrical resistance measurement.   In TBA, a glass 

fiber braid is saturated with liquid resin and 

viscoelastic changes are measured during cure.  The 

key advantage of TBA over other techniques is that 

the specimen may be studied continuously through 

all material states and transformations. A rheometer 

(AR-2000, TA Instruments, USA) with solid 

geometry torsion accessory was used as an analog 

for the torsion pendulum used in traditional TBA 

tests (See Fig. 3) [12]. Electrical resistance was 

measured in situ along the length of the specimen 

using a custom data acquisition system. Isothermal 
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Fig. 3. Image of TBA set-up; AR-2000 rheometer 

with torsion accessory attached with 0.1 wt% 

nanotube/VE specimen mounted. 

 

and temperature ramp segments were run at 0.0314 

rad displacement at 1 Hz with ramping rates of 2 

°C/min and a normal force of 0.5 N (+/- 0.3 N) 

tension.  Specimens were cured under isothermal or 

continuous heating conditions, followed by a post 

cure step. All testing profiles were terminated with 

thermal cycles in order to measure the 

thermochemical and viscoelastic trends following 

the curing steps.   

The results for a 0.50 wt% nanotube/VE specimen 

undergoing continuous heating cure are presented in 

Fig. 4. Delta, the phase lag between the storage and 

loss moduli, is plotted along with the normalized 

electrical resistance. During continuous heating cure, 

the resin experiences multiple transformations which 

are indicated by local maxima and minima in the 

delta versus temperature curve. Overall, electrical 

resistance appears to follow the degree of cure, 

where vitrification results in a large increase in 

resistance. Once the Tg is exceeded, the cross-

linking reaction can continue further in the rubber 

state. This trend is apparent for the post-cure step as 

well. As apparent in Fig. 5, there is a diffusion-like 

increase in electrical resistance with time.  This is a 

significant observation since the later stages of cure 

are known to proceed in a diffusion-controlled 

manner [11].  

 
 

Fig. 4. Thermochemical / viscoleastic response of a 

nanocomposite undergoing continuous heating cure 

during torsional braid analysis; key material 

transitions denoted by the dashed lines.   

 

 
 

Fig. 5. Electrical resistance curve of a 

nanocomposite during the post-cure step at 165 °C 

following continuous heating cure; showing 

diffusion-like increase in resistance. 
 

3.2 Thermoresistive/Thermochemical Response 

Combined thermoresistive / thermomechanical 

analysis was conducted using a thermomechanical 

analyzer (TMA) (TMA/SDTA841e, Mettler Toledo, 

USA) with a multifunctional data acquisition device 

(NI-6218, National Instruments, USA) controlled 
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using customized LabVIEW software and an 

external PC. Nanocomposite specimens were 

designed specifically to meet the requirements of the 

TMA and to accommodate an in situ electrical 

resistance measurement. Fig. 6 shows the test 

configuration where the electrical resistance is 

measured along the length of the specimen and the 

TMA probe measures thermal expansion in the 

thickness direction, h, shown in normalized form by 

Δh/ho in %. Specimens were subjected to several 

thermal cycles between 25 and 165°C at a ramp rate 

of 3°C/min. Electrical resistance is represented in 

normalized form by ΔR/Ro in %.   

 

 

Fig 6. Photograph of nanocomposite specimen 

mounted on the TMA stage for thermoresistive / 

thermomechanical characterization. 
 

The characteristic thermoresistive response for a 

CNT/VE nanocomposite with CNT concentration 

well above the percolation threshold is shown in Fig. 

7. In the temperature range from 25 to 165 °C, there 

are two local maxima observed. The local minimum 

separating these peaks corresponds directly to the 

glass transition temperature (Tg). Fig. 8 clearly 

shows the direct correlation between sensing of Tg 

by the thermoresistive and thermomechanical 

methods by simultaneous measurement. It is 

interesting to compare this multi-peak behavior to 

curves produced by the thermally stimulated 

discharge current method (TSD) and dielectric 

constant analysis for the vinyl ester system [13]. In 

TSD, the release of trapped charge carriers during 

the relaxation of specific polymer segments or side 

chains results in a local maxima in discharge current 

[14]. The similarity indicates that the electron 

tunneling between CNTs acts much like a nanoscale 

electrothermic sensor, capable of sensing polymer 

relaxation processes.  

 

 
 

Fig. 7. Electrical resistance during prolonged 

thermal cycling - note that the transient trend in 

resistance is due to permanent increases in resistance 

at the 165 °C set point [6].  

 

 
 

Fig. 8. Thermal expansion and electrical resistance 

curves showing direct agreement between 

thermoresistive and thermomechanical sensing of 

glass transition. 
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3.3 Sensing of Structural Composites under 

Combined Loading 

To test the damage sensing and thermomechanical / 

thermoresistive sensing performance of structural 

composites under extreme environments, cross-ply 

composites of glass fiber and dispersed CNTs in 

vinyl ester resin were tested under a combined 

thermal and mechanical loading condition. The 

electrical resistance of the specimens was monitored 

in situ and in real-time using a data acquisition 

system. Tabbed specimens were placed in a constant 

displacement weathering fixture originally design by 

NASA for evaluating the performance of polymer 

composites at cryogenic temperatures [15], and pre-

strained to approximately 1300 µε then placed inside 

an environmental testing chamber (Z8-Plus, 

Cincinnati Sub-Zero, USA) and cycled using the 

maximum performance limitations of the chamber.  

The thermal cycling profile consisted of 30 minute 

isothermal segments for the temperature extremes of 

150 and -73 and also 25°C.   

The electrical resistance response for a cross-ply 

glass fiber composite with 0.75 wt% CNT content 

under the combined thermal / mechanical loading 

conditions is shown in Fig. 9. The trend shows an 

apparent negative temperature coefficient of 

resistance (TCR), whereas the 0.75 wt% CNT/VE 

nanocomposite has an overall positive TCR. This is 

because of the competing coefficients of thermal 

expansion (CTE) between the glass reinforcement 

fibers and polymer matrix which causes the matrix 

to be in compression when the temperature is 

increased. Fig. 10 shows electrical resistance vs. 

temperature for the final thermal cycle illustrates this 

principle where the increase in matrix CTE during 

Tg results in an increasingly negative TCR. The 

transient decrease in resistance was due to stress 

relaxation which occurred during the first few 

thermal cycles when Tg was exceeded. In addition to 

the inherent damage sensing functionality of the 

composite, this work demonstrates the ability to 

sense the matrix stress state and glass transition in 

situ under combined loading. 

 
 

Fig. 9. Electrical resistance response to thermal 

cycling while constrained in a constant displacement 

weather fixture; dashed lines show maximum and 

minimum temperature contours and average 25 °C 

contour. 

 

 
 

Fig. 10. Electrical resistance change during 

the final thermal cycle iteration; slope change 

around 100 °C attributed to increase in matrix CTE 

during the glass transition.   

 

4. Time Domain Reflectometry Based Sensing  

Electric time domain reflectometry (TDR) refers to a 

process of sending a high frequency voltage pulse 

through a transmission line [7-8]. Electrical 

discontinuities along the transmission line result in 

reflections and the time difference between the 
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incident and reflected waveforms is used to calculate 

the position of the discontinuity. An application of 

the TDR technique to sense flow during composites 

manufacturing is illustrated in Fig. 11.  During resin 

flow through a preform, the flow front acts as an 

electrical discontinuity and hence the reflection from 

the flow front can be analyzed to calculate the 

location of the resin. Using the TDR technique, 

multi-point sensing can be implemented using only a 

single transmission line and the procedure is suitable 

for monitoring flow fronts during the fabrication of 

large composite parts.  

  

Fig. 11. TDR for flow sensing.   

4.1 TDR for Thermochemical Sensing 

Curing of resin is a thermochemical process and the 

dielectric constant of the resin changes with cure 

state. Time domain reflectometry can be used to 

monitor this impedance change and hence can be 

used to estimate the cure state of the resin. An 

experimental setup to monitor cure state of the resin 

is shown in Fig. 12. The electromagnetic fields 

around the TDR sensor are shown in Fig. 13 and the 

experimental results are shown in Fig. 14 for a slow-

curing vinyl ester resin system. There is a direct 

correlation between the impedance change and the 

DSC results. 

 

Fig. 12. TDR based cure monitoring. 

 

Fig. 13. Electric fields(red) and magnetic fields 

(green) around the TDR sensor. 

 

 

Fig. 14. Comparison of cure monitoring data 

obtained from DSC and TDR for Derakane with 

Trigonox (1.5%) as curing agent, Cobalt-

Naphthenate (0.2%) as initiator and Acetyl Acetone 

(0.05%) as inhibitor. 

 

4.2 TDR for Damage Sensing 

Similar to cure monitoring, TDR sensors can be used 

for damage sensing of composites as well. Fig. 15 

shows the sensor design concept for TDR based 

damage sensing and Fig 16 shows experimental 

results. Our researches [8,16] have shown that TDR 

can be successfully used for sensing damage in both 

unidirectional and cross ply laminates. The micro-

crack damage in cross ply laminates can be 
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monitored if the composites are modified with CNTs 

in damage prone region [16]. This is because the 

CNT networks have coupled electromagnetic-

mechanical properties and are damaged during 

micro-cracking. The damage is picked up in form of 

TDR impedance change.  

 

Fig. 15. TDR based damage sensing concept. 

 

Fig. 16. Experimental results for TDR based 

damage sensing of unidirectional laminates. 

 

5. Conclusions 

The electrical properties of carbon nanotube-based 

composites can be exploited in a variety of 

multifunctional applications. We have demonstrated 

that the electrical properties of carbon nanotube 

composites can be utilized to sense the cure state and 

also thermomechanical and thermochemical changes 

in the polymer system. Since the nanocomposite 

bulk resistivity is dominated by the tunneling 

resistance at nanotube/nanotube junctions the 

nanotubes effectively act as a network of sensors 

that can detect mechanical and chemical changes in 

situ. Changes in high-frequency impedance can also 

be utilized to sense cure and damage state.  
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1 Introduction  

Multifunctional structural composites are designed 

to meet multiple performance objectives while 

minimizing the complexity and weight of the system.  

This is achieved through the integration of additional 

functionality to the composite, such as structural 

health monitoring, [1, 2] actuation, [3, 4] sensing, [5, 

6] power generation and storage, [7, 8] ballistic 

protection, [9] and vibration damping. [10]  A 

specific area of multifunctional composites that has 

produced increased research interest is the use of 

multifunctional fiber reinforced composites with 

piezoelectric functionalities due to the wide 

application of piezoelectric materials in sensing, 

actuation and energy harvesting.  Previous research 

has demonstrated devices called piezoelectric fiber 

composites [PFC], in which the fiber itself is a 

piezoelectric material.  These devices served as 

sensors and actuators that attached to the surface of 

structures but did not function as load bearing 

structural components due to their low strength.  In 

this case, utilizing a stronger core fiber is an 

effective approach to reduce the weight of the 

composite and improve the strength as compared to 

other composite systems.  However, the bare fiber 

does not introduce additional functionalities to the 

composite except high strength.  Therefore, the 

challenge in this field is adding piezoelectric 

materials to the fiber while maintaining its strength.   

 

One route in adding piezoelectric behavior to a fiber 

is to place a piezoelectric material on the surface of 

the fiber.  Coupling the electromechanical response 

of the piezoelectric material with the strength of the 

fiber allows for a structural component to have an 

integrated sensing, actuation, or power harvesting 

capability.  The difficulty lies in producing a 

conformal coating of the piezoceramic on the 

cylindrical fiber without damaging it.  Processes 

such as chemical vapor deposition and pulsed laser 

deposition have been used to deposit a layer of 

piezoelectric material on a substrate, but the high 

temperatures of these processes are detrimental to 

the strength of fibers that are typically used for 

structural purposes. [11, 12] Furthermore, typical 

semiconductor processes can only be applied to the 

deposition of films on planar surfaces.  Therefore, it 

is paramount to develop processes that maintain the 

strength of the fibers in order to pave the way for the 

next generation of multifunctional composites.   

 

Recently, Lin and Sodano developed an active 

structural fiber composed of a silicon carbide fiber 

core surrounded by a barium titanate [BaTiO3] shell.  

This capacitive fiber had an energy density two 

orders of magnitude higher than other structural 

capacitors in the literature based on glass or polymer 

fiber composites. [13]  Therefore, the fiber 

composite was both multifunctional and 

outperformed other structural capacitors.  

Additionally, Lin and Sodano grew BaTiO3 on 

silicon carbide fibers and characterized the effective 

d31 coupling coefficient using an atomic force 

microscope [AFM].  The results showed that the 

BaTiO3 achieved an effective coupling coefficient of 

up to 70% of the value of the active constituent. [14]  

However, silicon carbide fibers are not the ideal 

structural component in fiber reinforced composites.  

A better material is carbon fiber due to its higher 

tensile strength, smaller diameter and increased 

flexibility.  By using a small diameter fiber, the 

inclusion of the fiber in a matrix reduces the stress 

concentration by creating a more homogeneous 

dispersion of fibers throughout the matrix.  

Moreover, improved flexibility allows composites of 

various shapes and curvatures to be created through 
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conventional fiber layup processes.  Additionally, 

the electrical conductivity of the carbon fiber 

simplifies the integration into a system by creating 

an electrode for the piezoelectric coating. 

 

In an effort to utilize the advantages of carbon fiber 

over silicon carbide, Lin et al. recently developed a 

two-step hydrothermal method for growing barium 

strontium titanate [BST] on carbon fiber for use as a 

capacitor. [15]  BST is suitable for capacitor 

applications due to its high dielectric permittivity; 

however, it has a low piezoelectric coupling 

coefficient.  In order to make a multifunctional 

composite that efficiently converts between 

mechanical and electrical energy, a piezoelectric 

material with high piezoelectric coupling coefficient 

is needed.  The commonly used piezoelectric 

material is lead zirconate titanate [PZT] which has a 

large d33 of roughly 600 pm/V, but environmental 

concerns with lead have created increased research 

efforts to replace PZT. [16]  As an environmentally 

friendly piezoelectric material alternative, BaTiO3 

also shows a high piezoelectric coupling coefficient 

[110 pm/V], which can be used to grow on the 

carbon fiber to create a multifunctional composite 

with better performance.  Common techniques for 

measuring the piezoelectric coupling coefficients of 

bulk piezoelectric materials are the Berlincourt 

method and laser interferometry. [17, 18]  These 

techniques, however, work best when probing flat 

surfaces that allow for better surface contact or 

reflection from the surface for the Berlincourt meter 

and laser interferometry, respectively.  Due to the 

nano-scale dimensions and cylindrical shape of the 

BaTiO3 film on carbon fiber, the Berlincourt method 

and laser interferometry are not viable techniques for 

accurately measuring the piezoelectric coupling 

coefficient of the BaTiO3 film.  The miniaturization 

of piezoelectric materials has made conventional 

testing techniques obsolete so the development of 

new techniques is required for continuing progress 

in the field of multifunctional fibers.  Recently, 

AFM has been widely used in the characterization of 

nano-scale piezoelectric materials through detecting 

the sample surface displacement induced by 

applying an electric field.  However, the noise in the 

measurement induces a large uncertainty in the 

result.  In order to accurately measure the 

piezoelectric behavior of the BaTiO3 film on carbon 

fiber, a refined AFM testing method has been 

performed by using the AFM as a sensor and 

applying a filtering and averaging scheme over 

numerous cyclic measurements.   

 

In this paper, a novel two-step processing procedure 

will be used to grow BaTiO3 films on carbon fiber.  

Additional functionalities will be added to the 

composite by utilizing the piezoelectric property of 

BaTiO3.  This processing technique will be 

performed at relatively low temperatures in order to 

maintain the structural integrity of the carbon fiber 

thus preserving its viability as a structural fiber.  The 

electromechanical coupling coefficient of varying 

thicknesses of BaTiO3 coated on carbon fiber will be 

measured using a refined AFM testing method.  This 

multifunctional fiber will validate the ability to grow 

BaTiO3 on carbon fiber while maintaining its 

strength as well as illustrate an unconventional 

method for characterizing a piezoelectric material 

grown on a curved substrate.  This research creates a 

structural fiber that is capable of energy harvesting, 

sensing, structural health monitoring, and actuation 

while maintaining the mechanical strength and 

flexibility of the carbon fiber. 

 

2 Experimental Details 
The BaTiO3 textured film was formed through a 

two-step hydrothermal reaction.  The first step 

utilized a solution containing a 1:2 volume ratio of 

titanium tetrachloride [Alfa Aesar, 99.0%] and 

titanium isopropoxide [Alfa Aesar, VERTEC TIPT, 

97+%] in a 1:1 volume ratio of concentrated 

hydrochloric acid [Fisher, 35%] and DI water.  Prior 

to TiO2 growth, the carbon fibers [Hexcel IM8] 

underwent a seeding treatment using a titanium sol-

gel containing concentrated hydrochloric acid, 

isopropanol, and titanium isopropoxide.  The 

solution and carbon fiber tow were placed in a 

Teflon vessel and encased in a steel enclosure.  The 

solution was heated to between 150 °C and 180 °C 

for 1 hour to 7 hours to produce a TiO2 film.  This 

method is described in more detail elsewhere. [19]  

This TiO2 film was then converted to BaTiO3 during 

a second hydrothermal reaction using an aqueous 

solution containing a barium source as described 

elsewhere. [20]  This step was carried out at 

temperatures between 200 °C and 240 °C for 12 

hours to 72 hours.  
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X-ray diffraction [XRD] was performed on the 

fibers using an X-ray diffractometer equipped with a 

curved position-sensitive detector [CPS120, Inel] 

and a CuKα X-ray tube source.  The morphologies of 

the samples were examined using a scanning 

electron microscope [SEM, TESCAN VEGA3 LM].  

Tensile testing was performed according to ASTM 

standard C 1557-03 using a table top automated 

electro-mechanical testing system [Instron 5567].  

To determine the effect of processing on the 

mechanical strength of the fibers, testing was 

performed on as-received, titanium sol-gel coated, 

TiO2 coated, and BaTiO3 coated carbon fibers.  

Electromechanical testing was performed in an AFM 

using an electrically conductive dynamic contact 

electrostatic force microscopy tip [Park AFM XE-70, 

DC-EFM].  A lock-in amplifier [Stanford 

Instruments SR830] was used in conjunction with 

the AFM.  An applied ac signal frequency of 17 kHz 

was chosen to avoid unnecessary topographic 

crosstalk near the cantilever resonance.  

 

3 Results and discussion 

 

3.1 Microstructure and crystal structure 
The TiO2 growth step produces a textured film 

consisting of a dense array of aligned rutile TiO2 

nanowires that grow radially from the carbon fiber 

surface.  SEM images of the TiO2 and BaTiO3 

textured films on carbon fibers are shown in Figure 

1.  This figure illustrates that the TiO2 film is 

initially cracked, but the BaTiO3 conversion step 

creates a continuous film with no visible cracks.  

The BaTiO3 appears to expand to fill in the cracks 

due to the conversion mechanism not being solely a 

diffusion process.  It has been suggested that a 

BaTiO3 layer is created by the TiO2 reacting with the 

Ba
2+

 ions in the reaction solution.  This mechanism 

is, however, detrimental to the creation of more 

BaTiO3 because the newly created BaTiO3 acts as a 

diffusion barrier for the Ba
2+

 ions. [21]  Another 

suggested mechanism is a dissolution/precipitation 

description.  This states that the TiO2 is hydrolyzed 

into either   (  ) 
  or   (  )  and reacts with the 

Ba
2+

 ions to precipitate BaTiO3. [22, 23]  The crystal 

growth continues through a classical diffusion 

mechanism until the TiO2 crystal has fully converted. 

[24]  The addition of the larger Ba
2+

 ion increases 

the volume of the original TiO2 with its ions having 

smaller radii as compared to Ba
2+

 [Ba
2+

 0.149 nm, 

Ti
4+

 0.060 nm, and O
2-

 0.126nm].  The BaTiO3 

expands into the voids between the array of TiO2 

nanowires.  As a result of the small void space 

between nanowires, the BaTiO3 grows along the 

nanowire orientation direction creating a BaTiO3 

textured film. [20]  Where there are larger cracks in 

the TiO2 film, the BaTiO3 is able to expand enough 

to fill in those cracks and create a continuous, crack-

free film.  

 

The XRD patterns shown in Figure 2 confirm the 

growth of rutile TiO2 through the strong peaks at 27°, 

36° and 55°. [25]  Due to the amorphous nature of 

the carbon fiber, a broad peak appears below 30°, 

but this peak is not profound in the XRD patterns of 

the coated fibers.  The XRD patterns confirm the 

conversion of TiO2 to BaTiO3 because of the 

characteristic peaks of BaTiO3 at 32°, 39° and 45° 

shown in Figure 2.  XRD patterns for textured films 

usually show high intensity, sharp peaks at certain 

planes, but this is not shown in the resultant 

sample’s XRD pattern.  This is due to the radial 

growth of the textured film around the 

circumference of the fiber resulting in no net 

texturing orientation of the film.   

 

 

 

Fig. 1 (a) TiO2 coated carbon fiber (b) Cross section 

of theTiO2 film showing the densely packed 

nanowire growth normal to the carbon fiber surface 

(c) BaTiO3 coated carbon fiber (d) Cross section of 

the BaTiO3 showing a dense film surrounding the 

carbon fiber core 
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3.2 Mechanical and Electromechanical testing  

In order to verify that the carbon fiber is not 

damaged during the hydrothermal process, single 

fiber tensile tests are performed on the resultant 

samples [Figure 3].  After the BaTiO3 conversion 

process, the fiber maintains 75% of the original 

tensile strength, keeping an average tensile strength 

of 4.6 GPa thus allowing it to remain useful as a 

structural fiber.  Additionally, the tensile strength 

remains higher than the tensile strength of 3.9 GPa 

for the silicon carbide fibers used in previous 

research involving BaTiO3 coated fibers. [14]   

 

The piezoelectric behavior of the BaTiO3 film 

coated on carbon fiber is characterized through a 

refined AFM testing method that measures the 

sample surface displacement induced by the electric 

field directly.  Individual BaTiO3 coated fibers are 

mounted on glass slides which are subsequently 

attached to conductive AFM pucks.  Due to the 

flexibility of the fibers, the fibers are adhered to a 

glass slide with the axial direction parallel to the 

surface of the glass slide.  This mounting orientation 

exposes the surface normal to the axial direction 

thus probing the displacement response in the same 

direction as the electric potential is applied.  

Removing the BaTiO3 coating from the fiber core 

using a razor blade allows the carbon fiber to be 

contacted with silver paint and electrically 

connected to the AFM puck.  This serves as the 

bottom electrode during AFM testing.  The DC-

EFM tip acts as the top electrode.  Prior to 

electromechanical tests, the fibers are poled using a 

corona discharge technique as described elsewhere. 

[26]  The poling is performed at room temperature 

with an electric potential of 10 kV for five minutes.  

This poling technique allows the BaTiO3 to be poled 

without the application of a top electrode.  

Sputtering a gold top electrode over the entire fiber 

is not desirable in this study because localized 

actuation at only the AFM tip contact point is 

required to accurately identify the deformation of the 

conformal film.

 
 

A 0V to 10V triangle wave at 1 Hz is supplied by a 

function generator [Agilent, 33210A] and applied to 

the carbon fiber core while grounding the DC-EFM 

tip.  By applying an external voltage, the mechanical 

strain response of the BaTiO3 at the sample surface 

can be measured by the AFM tip due to the converse 

piezoelectric effect defined by equation 1   

 

            (1) 

where εj is the strain, dij is the piezoelectric coupling 

coefficient, and Ei is the applied electric field.  In the 

case of BaTiO3 testing, the electric potential is 0V to 

10V in the 3-direction with a strain measured in the 

3-direction, thus allowing for the calculation of the 

 

Fig. 2 XRD patterns showing the conversion of the 

TiO2 to BaTiO3  
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Fig. 3 Tensile tests reveal no change in the tensile 

strength during the TiO2 growth, and the BaTiO3 

coated fibers maintain most of their strength after 

conversion 
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effective piezoelectric coefficient d33.  The 3-

direction is defined as the direction normal to the 

axial direction.  Each sample undergoes at least 50 

voltage cycles at various points along the fiber.  The 

noise in the displacement response is reduced by 

processing the data through a band pass filter.  

Recording this large number of cycles allows for the 

reduction of error when averaging the response 

curves.  By plotting the displacement as a function 

of applied voltage, the slope of the curve gives the 

effective d33 of the BaTiO3.  The displacement 

versus voltage plot for the BaTiO3 coated carbon 

fiber is shown in Figure 4.  This plot is typical for all 

the samples tested.  Poling induces domain wall 

motion and orients the domains in the same direction 

thus eliminating remnant polarization during the 

cyclic voltage application.  In order to reduce any 

potential electrostatic forces between the AFM tip 

and the BaTiO3, a force of 500nN is held on the tip 

during testing.  Testing a silicon wafer, which is not 

piezoelectric, shows no displacement response to the 

applied voltage, thus confirming that the AFM 

cantilever is not being deflected by the electric field.  

Therefore, the displacement shown for the BaTiO3 

samples is predominantly from the 

electromechanical response of the material.  

  

AFM testing results in effective d33 values as high 

as 65 pm/V.  Compared to the d33 of about 110 pm/V 

for bulk poled BaTiO3, the BaTiO3 film piezoelectric 

coupling coefficient shows a 65% reduction. [16]  

This significant reduction can be explained by 

substrate clamping effects.  Clamping effects of a 

flat substrate have been shown to create a 74% 

reduction in the piezoelectric coupling coefficient 

for thick film PZT. [27]  Even though the substrate 

used with the PZT was flat while the substrate in this 

paper is curved, this still illustrates the large effect 

substrate clamping can have on the piezoelectric 

coupling coefficient.  

 

By varying the growth time in the TiO2 growth step, 

the aspect ratio (defined as the ratio between BaTiO3 

film thickness and total multifunctional fiber 

diameter)varied from about 0.45 to 0.6.  Challenges 

in controlling the thickness of the TiO2 in the initial 

growth step restrict the aspect ratio to a small range.  

These dimensions are measured by acquiring SEM 

images of each tested fiber.  Plotting the effective d33 

as a function of aspect ratio results in scattered data 

as shown in Figure 5.  Averaging the data produces 

an average aspect ratio of 0.51 and an effective d33 of 

34 pm/V.  These averages are illustrated on Figure 5 

by the crosshairs.  A measurable displacement 

response confirms the conversion of the TiO2 to 

BaTiO3 because TiO2 is not a piezoelectric material 

thus eliminating the possibility of it responding to an 

applied voltage.  The response also confirms the 

creation of BaTiO3 in the tetragonal phase rather 

than the cubic phase, since the cubic phase does not 

exhibit piezoelectric properties while the tetragonal 

phase does.   
 

 

 

 

Fig. 4 Displacement of the BaTiO3 and silicon wafer 

in response to an applied voltage 
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Fig. 5 The effective d33 values from AFM testing 

with respect to the aspect ratio.  The crosshairs 

show the averages and error bars  
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4 Conclusions 

Textured BaTiO3 film was successfully grown on 

carbon fiber by a two-step hydrothermal process.  

Using these relatively low temperature procedures, 

BaTiO3 coated carbon fiber that maintained 75% of 

its original tensile strength was created, which 

exceeded the tensile strength of BaTiO3 coated 

silicon carbide fibers used in previous research.  A 

refined AFM testing method was developed to 

measure the effective d33 of BaTiO3 films with low 

uncertainty.  The highest achievable piezoelectric 

coupling coefficient was 65 pm/V.  Varying the 

thickness of the BaTiO3 revealed no correlation 

between the aspect ratio and the effective d33 over 

the thickness range investigated in this paper.  This 

fiber makes it possible to create structural 

composites of varying shapes that are capable of 

structural health monitoring, actuation, sensing, and 

power generation and storage. [14] 
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1 Introduction  

Determining structural behaviour of strand-based 

wood composite products such as PSL (parallel 

strand lumber) beams is of interest to construction 

industry. Strand-based wood composites consist of 

partially covered orthotropic wood strands with 

small amount of resin. Unlike conventional fibre-

reinforced composites, the resin content in strand-

based wood composites is less than 10% by volume 

and strands are rectangular in shape.  

The process involved in manufacturing of strand-

based wood composite materials results in products 

that consist of voids in addition to resin and strands. 

The void content depends on the processing 

parameters and can affect the properties of these 

materials [1-3]. As shown in Fig.1(b), voids are 

mostly distributed between strands. In other words, 

strands are only partially covered with resin. 

Based on homogenization techniques, a multi-scale 

modeling framework has recently been developed to 

take into account the effect of microstructure on 

macroscopic behaviour of strand-based wood 

composites [4, 5]. In this framework, the effective 

properties of a unit cell of the material at the lower 

scales are determined and used in the higher scales. 

In the previous studies strands were assumed to be 

fully covered with resin and perfectly bonded. In 

other words, the presence of voids in the 

microstructure was ignored.  

Dai et al. [6] showed that resin distribution has a key 

effect on the final properties of oriented strand 

boards. In this paper, we enhance the previously 

developed unit cell model (first step of the multi-

scale approach in Gereke et al. [4]) by considering 

the partial coverage of strands.  

Two strategies are presented for this purpose. First, 

voids are incorporated in the resin layers by 

replacing resin elements with void elements. Using 

this strategy the effects of size and spatial 

distribution of voids on effective properties of the 

material can be examined at a common range of 

resin contents of strand-based wood composite 

products.  

Alternatively, and in order to improve computational 

efficiency, partial coverage is modelled using 

degraded elastic properties for the whole resin 

phase. The effective elastic properties using these 

two strategies are compared at different resin 

contents. Finally, the limitations and challenges 

involved in both strategies are discussed briefly.  

2 Modeling Approach 

2.1 Unit Cell of Fully Covered Strands 

Fig. 1 represents a PSL beam and its cross-section. 

For modeling purposes, the material is idealized as a 

periodic assembly of rectangular strands with the 

same size and covered by a thin layer of resin with 

constant thickness (Fig. 2 (a)). Fig. 2 (b) shows the 

corresponding unit cell for strands that are fully 

covered with resin as well as the mesh using 8-

noded linear brick elements, C3D8 in the 
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commercial finite element software, ABAQUS® [7] 

(Fig. 2 (c)). 

To estimate the elastic properties, the stiffness tensor 

of the unit cell is computed using six elementary 

loadings (three uniaxial and three simple shear 

loadings) and periodic boundary conditions. Details 

of applying periodic boundary conditions on this 

unit cell of the material have been presented in [4]. 

2.2 Incorporation of Void Elements 

In order to model partially bonded strands, voids are 

introduced in the resin phase by replacing some 

resin elements with void elements in the discretized 

unit cell of fully covered strands (see Fig. 3(a)). 

Resin elements are selected randomly and assigned 

very low elastic properties. A periodicity constraint 

is applied at the boundary of the unit cell using 

customized Python© scripts.  

2.3 Resin with Degraded Properties 

The effective properties of partially bonded strands 

may also be modeled using the unit cell of fully 

covered strand but with degraded resin properties 

(see Fig. 3(b)). This strategy is based on the analysis 

of two strands that are partially bonded together by a 

thin layer of resin with thickness, �� (Fig. 4). 

Interface parameters are defined as: 

= t
t

t

D
u

σ
    (1) 

= n
n

n

D
u

σ
    (2) 

where 
t

σ  and 
n

σ  are tractions that are tangential 

and normal to the interface area, and 
t

u  and 
n

u are 

the corresponding interface displacement jumps 

described by Hashin [8]. 

For fully covered strands with a thin layer of resin 

(with thickness 
r

t ), 
t

D  and
n

D  may be defined in 

terms of strand and resin properties (see Nairn [9]): 

   
 

= − 
 

r

t r s

1 1 1
t

D G G
  (3) 

 
= − 
 

r

n r s

1 1 1
t

D E E
  (4) 

The interface parameters of a partially covered wood 

composite may now be deduced by introducing the 

concept of resin area coverage of strands. For two 

partially bonded strands (Fig. 4), the tangential 

displacement jump, 
t

u , may be written as a function 

of the shear properties of the strand (
s

G ) and the 

resin (
r

G ), and the resin thickness as follows: 

 
= − = − 

 

sr
t r r s r r

r s

u .t .t t
G G

ττ
γ γ    (5)

where 
r

γ  and 
s

γ are the resin and strand shear 

strains due to shear stresses in the resin and strand, 

respectively. By assuming that all the shear force 

from one strand is transferred uniformly to the other 

strand through the bond surface, Equation (5) may 

be written as: 

            

  
  

  = −
 
  
 

s
s

r s
t r

r s

A

A
u t

G G

τ
τ

  (6) 

where, ��	and 	��  are the total strand area and the 

strand area covered with resin, respectively. 

By defining Resin Area Coverage (
a

R ) as: 

                       = r
a

s

A
R

A
   (7) 

Equation (6) may be rewritten in terms of resin area 

coverage as: 

        s
t s r

a r s t

1 1
u t

R .G G D

τ
τ

 
= − = 
 

    (8) 

Therefore, the tangential interface parameter may be 

derived in terms of resin thickness, resin area 

coverage and the shear moduli of resin and strand as: 

 
= − 
 

r

t a r s

1 1 1
t

D R .G G
    (9) 

By comparing Equation (9) with Equation (3) for 

fully bonded strands, the behaviour of partially 

bonded strands in shear may be modelled as the 

behaviour of fully bonded strands with equivalent 

shear property defined as: 

                   =r ,deg a rG R .G               (10) 

Using a similar approach, the normal interface 

parameter can also be derived in terms of resin 

thickness and Young’s moduli of the resin and 

strand as follows: 
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= − 
 

r

n a r s

1 1 1
t

D R .E E
             (11) 

Therefore, the behaviour of partially bonded strands 

in tension may be modelled using the concept of 

resin equivalent Young’s modulus. 

    =r ,deg a rE R .E              (12) 

Equation (10) and (12) are used in a unit cell of fully 

covered strand to model partially covered strands.  

The accuracy of this approach is evaluated in the 

next section by comparing the effective properties of 

this unit cell (i.e. unit cell of a fully covered strand 

with degraded resin properties) with the effective 

properties of the unit cell presented in Section 2.2. 

Regardless of the strategy (void elements or 

degraded resin properties), the effective stiffness 

tensor of the unit cell for partially covered strands is 

estimated by solving six elementary boundary value 

problems described earlier in Section 2.1. The 

Young’s and shear moduli as well as the three 

Poisson’s ratios are determined from the inverse 

stiffness (compliance) tensor. 

3 Results 

The strand dimensions chosen for numerical 

simulations were taken from the experimental study 

conducted by Arwade et al. [10] and are given in 

Table 1. The elastic properties of the resin and the 

strand are taken from the literature [11]. The resin is 

assumed to be isotropic while the strand (Pine wood)   

is assumed to be orthotropic. Elastic properties of 

the resin and the wood strand are listed in Table 2. 

In order to investigate the effect of strands’ resin 

coverage, two cases are considered. In the first case 

(Case I), the thickness of the resin (
r

t ) that bonds 

the two adjacent strands is assumed to be constant. 

In other words, by increasing the amount of resin, 

only the resin area coverage (
a

R ) increases: 

( )( )( )
/ 1a C

r r r

RTL
R R

R t T t L t

 
= −  + + + 

 (13) 

In the above equation 
C

R is the resin content by 

volume and R, T and L are strand dimensions in the 

3 directions. In the second case (Case II), which is 

more realistic, the resin thickness increases as more 

resin is applied (Fig. 6). According to the equation 

proposed by Dai et al. [6], the resin area coverage 

can be expressed as a function of 
C

R as follows: 

( ) ( )
1 exp

2 1 1

 
= − − 

  +   + − 

s
a

r r

C

C s C

RR
R

t MC R R

ρ

ρ ρ
 (14) 

In the above equation, MC is the wood strand 

moisture content (12% in normal condition), and 
s

ρ  

and 
r

ρ  are densities of the strand and resin, 

respectively. According to Equation (14), resin area 

coverage increases nonlinearly with resin content. 

Fig. 5 depicts variation of resin thickness (
r

t ) and 

resin area coverage (��) with resin content (��) in 

Case I (red lines) and Case II (blue lines). A 

schematic representation of these two cases is also 

shown in Fig. 6. 

The effective longitudinal and transverse moduli of 

partially covered unit cells for both cases are given 

in Fig. 7 and Fig. 8, respectively. In these figures, 

results from unit cells with incorporated void 

elements (Section 2.2) and unit cells with degraded 

resin properties (Section 2.3) are indicated by filled 

symbols (square for Case I and triangle for Case II) 

and hollow symbols (square for Case I and triangle 

for Case II), respectively. It should be noted that for 

unit cells with incorporated void elements in Case I, 

only the results for resin contents above 2% are 

presented. In fact, the resin area coverage in Case I 

is less than 20% at resin contents below 2% (see Fig. 

5). For such very low resin area coverage, the 

relevance of finite element results obtained using 

void elements becomes questionable. However, the 

results obtained from degraded resin properties are 

valid due to more uniform stress and strain fields in 

the resin phase (see Fig. 9). 

Regardless of the case considered (constant or 

variable resin thicknesses), very good agreement is 

observed between the results of the two strategies 

described in Sections 2.2 and 2.3.  

Similarly, good agreements are found for estimated 

shear moduli and Poisson’s ratios of the partially 

covered unit cells between both strategies (see Figs. 

10 and 11). However, it should be noted that 

estimated shear properties for partially covered unit 

cell with incorporated void elements are more 

sensitive to mesh size than those with degraded resin 

properties. In order to be consistent in presentation 
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of the results, only converged values (with the same 

mesh size) are presented in Figs. 10 and 11. Mesh 

refinement has shown that the discrepancies between 

the results of the two strategies diminish when the 

mesh (for the case of the unit cell with incorporated 

void elements) is refined significantly. In other 

words, by refining the mesh, the numerical results 

obtained from unit cell with incorporated void 

elements become closer to those obtained from the 

unit cell with equivalent resin properties. This 

represents the computational efficiency of 

employing the degraded resin properties in 

estimating properties of wood composites with 

partially covered stands.  

4 Discussions 

Results presented in Section 3 show the validity of 

the numerical approach in estimating the effective 

elastic properties of partially covered strands using 

the degraded resin properties. However, as explained 

in Section 3, by decreasing the resin area coverage 

(i.e. more voids) to very low values, the relevance of 

finite element results become questionable. In these 

cases, comparison between the two strategies is 

meaningless due to low accuracy of finite elements 

results for the unit cell with incorporated void 

elements. 

It is also worth mentioning that through refining the 

mesh in the first strategy, the size of void elements 

decreases. Thus, voids are distributed more 

homogeneously throughout the resin phase and the 

results approach the results of a unit cell with 

degraded resin properties. Maintaining the same 

void size distribution while refining the mesh (in the 

first strategy), is necessary to analyze the accuracy 

of the second strategy in more detail. Comparing the 

results of the two strategies in this case will better 

illustrate the validity range of the second strategy in 

terms of void size.  This is the subject of future 

studies. 

In order to investigate the sensitivity of the results to 

resin properties, unit cells with more compliant and 

stiffer resin properties were also analyzed. For this 

purpose, the Young’s modulus of the resin was 

adjusted up or down by an order of magnitude 

(factor of 10). Figs. 12 - 15 show the results for the 

more compliant resin properties while Figs. 16 - 19 

show the corresponding results when the stiffer resin 

properties are used. In both cases (unit cells with 

more compliant and stiffer resin properties), good 

agreements were observed between the results of the 

two strategies (errors less than 5%). Therefore, it can 

be concluded that the degraded resin properties can 

be employed effectively in the numerical approach 

regardless of the type of resin used in manufacturing 

of strand-based wood composite products. 

5 Conclusions  

The results presented in this paper show that the 

effective properties of partially covered strand-based 

wood composites can be estimated both efficiently 

and accurately through degraded resin properties 

arising from the concept of interface parameters [1, 

2]. This strategy can be employed within the multi-

scale modelling framework previously developed for 

predicting the structural behaviour of strand-based 

wood composites [3]. Moreover, the equations 

presented in Section 2.3 for degraded resin 

properties can be used later in developing physically 

based analytical micromechanical models for strand-

based wood composites with partial coverage of 

strands [12]. 
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Fig. 1. (a) A PSL beam. (b) Cross-section of a PSL beam. 

 

 
Fig. 2. Unit cell definition and FE discretization. 
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Fig. 3. Discretized unit cell: (a) with incorporated void 

elements, and (b) with degraded resin properties. Resin 

area coverage in both unit cells is 70%. 

 

 

 

 

 
 

 

 

 

Fig. 4. Two partially bonded strands. 

 

 
Fig. 5. Relationships among resin thickness, resin area 

coverage and resin content for the two cases considered 

(Case I and Case II). 

 
 

Fig. 6. Schematic showing resin area coverage with 

increasing resin content: (a) Case I – constant resin 

thickness, and (b) Case II – variable resin thickness. The 

initial resin content in both cases is the same. 

 

 
Fig. 7. Effect of resin content on the longitudinal Young’s 

modulus. Finite element results using void elements and 

degraded resin properties are shown with filled and 

hollow symbols, respectively. 
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Fig. 8. Effect of resin content on the transverse Young’s 

modulus. Finite element results using void elements and 

degraded resin properties are shown with filled and 

hollow symbols, respectively. 

 

 
Fig. 9. Predicted unit cell deformation under tension in 

the longitudinal direction using: (a) void elements, and (b) 

degraded resin properties. Case I, 1%CR =  and resin area 

coverage is 10% in both figures. 

 

 
Fig. 10. Effect of resin content on the shear modulus. 

Finite element results using void elements and degraded 

resin properties are shown with filled and hollow 

symbols, respectively. 

 
Fig. 11. Effect of resin content on the Poisson’s ratio. 

Finite element results using void elements and degraded 

resin properties are shown with filled and hollow 

symbols, respectively. 

 
Fig. 12. Longitudinal Young’s modulus with more 

compliant resin. Finite element results using void 

elements and degraded resin properties are shown with 

filled and hollow symbols, respectively. 

 

 
Fig. 13. Transverse Young’s moduli with more compliant 

resin. Finite element results using void elements and 

degraded resin properties are shown with filled and 

hollow symbols, respectively. 
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Fig. 14. Shear moduli with more compliant resin. Finite 

element results using void elements and degraded resin 

properties are shown with filled and hollow symbols, 

respectively. 

 
Fig. 15. Poisson’s ratios with more compliant resin. Finite 

element results using void elements and degraded resin 

properties are shown with filled and hollow symbols, 

respectively. 

 
Fig. 16. Longitudinal Young’s modulus with stiffer resin. 

Finite element results using void elements and degraded 

resin properties are shown with filled and hollow 

symbols, respectively. 

 

 
Fig. 17. Transverse Young’s moduli with stiffer resin. 

Finite element results using void elements and degraded 

resin properties are shown with filled and hollow 

symbols, respectively. 

 
Fig. 18. Shear moduli with stiffer resin. Finite element 

results using void elements and degraded resin properties 

are shown with filled and hollow symbols, respectively. 

 

 
Fig. 19. Poisson’s ratios with stiffer resin. Finite element 

results using void elements and degraded resin properties 

are shown with filled and hollow symbols, respectively. 
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Table 1. Strand dimensions given in Arwade et al. [10] 
 

Strand Dimension (mm) 

Length (L) Width (T) Thickness (R) 

600 13 5 

 

Table 2. Elastic properties of constituents 

 

 
Wood Strand 

(Pine) 

Resin 

(PF) 

Young’s 

Modulus 

(GPa) 

E1 13 

7.6 E2 1.393 

E3 0.856 

Shear 

Modulus 

(GPa) 

G12 0.991 

2.92 G13 0.909 

G23 0.162 

Poisson’s 

ratio 

ν12 0.467 

0.3 ν13 0.456 

ν23 0.488 
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1 Introduction  

Nanocomposites usually shows the outstanding 

improvements in tensile strength and modulus, heat 

resistance, gas and liquid permeability, 

biodegradability, ionic conductivity, and so on [1-6]. 

The improved properties of nanocomposites are 

realized only when the nanoparticles are 

homogeneously dispersed throughout polymer 

matrix and close interactions between nanoparticles 

and polymer molecules exist. Nanocomposites show 

different rheological behaviors with respect to the 

degree of dispersion of nanoparticle [7]. The 

rheological properties are improved by achieving 

strong interfacial bonding as well as homogeneous 

dispersion. Since the characteristic rheological 

behaviors of nanocomposites are caused by 

nanoscale interaction between nanoparticles and 

polymer molecules, molecular-level modeling is 

suitable to study the nanocomposite system.  

In this study, molecular modeling using Brownian 

dynamics simulation are used to model rheological 

behavior of the nanocomposites. Dynamic behavior 

of molecule in nanocomposite were predicted by a 

newly proposed molecular model and Brownian 

dynamics simulation with stochastic process was 

used to simulate the model effectively. 

 

2 Theory 

2.1 Molecular modeling  

The new model proposed in this study incorporates 

the ideas from both the thermodynamically 

admissible single segment reptation model and the 

full chain geometry. The evolution equation of the 

thermodynamically admissible reptation model is 

used to incorporate double reptation, convective 

constraint release, and chain stretching of the 

individual chain segments [8-9]. Full chain geometry 

composed of the multiple chain segments having the 

above information is considered to investigate 

dynamics of the realistic polymer molecular chain. 

The proposed model is used to predict rheological 

characteristics of the linear polymer and its 

nanocomposite and also to understand the 

characteristic rheological behaviors on the molecular 

level.  

 

2.2 Simulation procedure 

Model evaluation starts from construction of the 

realistic multiple chain geometry composed of L 

beads and (L-1) connectors which is represented in 

the Fig.1. The geometrical description is represented 

as follows. 

 '1 lll xx u     (1) 

 lll uu '     (2) 

where lx  is the position of the l-th bead, lu  is the 

connector vector connecting from lx  to 1lx , and l  

is the chain stretch ratio of the l-th connector vector 

which is defined as ratio of the present chain length 

to the equilibrium one. 

 

 

 

 

 

Fig.1. Molecular geometry of polymer chain  

 

The individual chain segment follows the evolution 

equations of the thermodynamically admissible 

reptation model [9]. The diffusion equation for the 
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configurational distribution function, f, is given by 

the configurational variables, u and s, because terms 

for the anisotropic tube cross-sections are neglected 

in this model.  
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The variable u is the unit vector representing 

orientation of the polymer chain segment and s 

represents the relative position within a chain 

segment. The scalar variable s is in the range of [0,1] 

and 1,0s  represents both ends of the chain 

segment. κ  is the transpose velocity gradient tensor, 

d  is the reptation time and D is the orientational 

diffusion constant. 

Stress tensor of the model is expressed as the 

following equation.  
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where   is stretch ratio of chain segment and max  

is maximum possible stretch ratio. The angular 

bracket  represents the ensemble average over 

the trajectories of the reptation processes. 

The evolution equations of the full chain reptation 

model are evaluated by utilizing Brownian dynamics 

simulation with stochastic processes. The new 

configurations are constructed by the following 

equation. 
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where W is the three dimensional Wiener process 

representing Brownian diffusion of polymer chains. 

 

3 Experiments  

Rheological properties of polyamide 6/organoclay 

nanocomposites were measured in this study. 

Polyamide 6 was supplied by Kolon and organically 

modified nanoclay (Cloisite 93A) was supplied by 

Southern Clay Products. Nanocomposites were 

prepared by melt compounding using the Brabender 

counter-rotating intermeshing twin screw extruder at 

the barrel temperature of 240 C and the screw speed 

of 70 rpm. Degree of dispersion and internal 

structure of nanocomposites were characterized by 

the small angle X-ray scattering (SAXS, Rigaku 

Max-3 Cg X-ray Diffractometer) and transmission 

electron microscope (TEM, JEM-2000EX Ⅱ). 

SAXS was used to determine the interlayer spacing 

between clays in nanocomposites. TEM specimens 

were microtomed to an ultra-thin section with the 

thickness of about 80 nm and coated with carbon for 

7 minutes to prevent specimens from degradation by 

the irradiation of electrons.  

Linear viscoelastic response of the polyamide 

6/organoclay nanocomposite melt was investigated 

through small amplitude oscillatory shear flow 

measurement by using the Advanced Rheometric 

Expansion System (ARES). Storage and loss moduli 

G’, G”, and complex viscosity * were determined 

with respect to frequency variations. Parallel plate 

configuration with the diameter of 25 mm was used 

and the temperature was controlled at 240 C. 

Maximum strain was fixed to 5 % which was within 

the linear viscoelastic region and frequency ranging 

from 0.1 to 100 s
-1

 was applied to the molten state 

sample. Elongational viscosity was measured at a 

constant extension rate by using Elongational Melts 

Rheometer (RME). The molten sample was 

elongated to the strain of 700 % at 240 C and the 

transient elongational viscosity was obtained by 

measuring the applied stress. 

 

4 Results and discussion  

4.1 Experimental results  

Rheological behaviors in shear and elongational 

flows of polymer nanocomposites with the different 

dispersion states were investigated by observing the 

dispersion state and measuring the corresponding 

rheological properties. Dispersion states and internal 

structure of polyamide 6/organoclay nanocomposites 

were verified by using SAXS and TEM as shown in 

Fig.2 and Fig.3. Characteristic diffraction peaks 

corresponding to the interlayer distance of nanoclays 

disappeared in the cases of nanocomposites 

containing 1, 3, 5, 7 wt% of the nanoclay as shown 

in Fig. 2, which means that the layered clay structure 
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is fully broken. The nano-scale dispersion of silicate 

layers in the nanocomposite is shown by the TEM 

pictures in Fig.3. The polyamide 6/organoclay 

nanocomposite has the exfoliated structure with 

homogeneous dispersion and superior interaction 

between nanoclays and polymer molecules are 

achieved. On the other hands, the composite with 

unmodified clay shows the poor dispersion state and 

weak interaction between clays and polymer 

molecules. 
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        (b) 

 

Fig.2. Small angle X-ray scattering peaks of the 

nanocomposites containing 1, 3, 5, 7 wt% of (a) 

montmorillonite (MMT) and (b) organoclay. 

 

 

                      
(a)Polyamide 6/MMT          (b) Polyamide 6/organoclay 

 

Fig.3. Dispersion state of nanocomposites with 

respect to surface treatment of nanoclay. 

 

Rheological behavior of the two kinds of 

nanocomposites with different dispersion state is 

represented in the Fig.4. In shear flow, the exfoliated 

nanocomposites show solid-like plateau behavior in 

storage modulus and strong shear thinning behavior 

in shear viscosity. In elongational flow, only fully 

exfoliated nanocomposites show strain hardening 

behavior which is caused by the interaction between 

nanoparticles as well as the interaction between 

polymer molecules and nanoparticles. 

 

 

 

 

 

 

 

 

 

 

 
  (a) Storage modulus 

 

 

 

 

 

 

 

 

 

 
 

 

 

  (b) Shear viscosity                     
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  (c) Elongational viscosity 
 

Fig.4. Rheological behaviors of nanocomposites 

with respect to dispersion state. (a) Storage modulus, 

(b) shear viscosity, and (c) elongational viscosity 

 

4.2 Numerical results  

Numerical results are compared with the 

experimental data of polyamide 6/clay 

nanocomposites to study the rheological behavior of 

polymer nanocomposites. Effects of maximum chain 

stretch and constraint release on dynamics of 

macromolecular chain in polymeric nanocomposites 

are the main concern of this study. Steady shear and 

uniaxial elongational flow behaviors are investigated 

by varying the maximum chain stretch ( max ) and 

parameters of constraint release ( 1 , 2 ). Molecular 

motion of a polymer chain exposed to the applied 

flow is traced and chain characteristics are denoted 

by calculated total contour length Lt and molecular 

orientation factor Mf defined by the following 

equation.  
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where 0u  is the unit vector along the main flow 

direction. 

Fig.5 shows shear rate dependence of the steady 

shear viscosity predicted by the full chain reptation 

model with various parameters of constraint release 

and experimental results of polyamide 6/clay 

nanocomposites. The model predicts non-Newtonian 

power law behavior of nanocomposites at a low 

shear rate region, which shows a good agreement 

with the experimental results. However, the model 

predicts excessive shear thinning at high shear rate 

regions when values of 2  are not as large as about 

100/λ. It is known that excessive shear thinning is 

caused by extremely strong orientation of molecular 

chains along the flow direction and such molecular 

conformations do not produce significant resistance 

to flow. When the value of 2  is much larger than 

1 , probability of constraint releases from chain 

stretch and retraction is increased. It means that 

more chain segments do not follow the external flow 

field but are randomly oriented. As increasing the 

portion of randomly oriented chain segments, it is 

expected that the resistance to flow is increased and 

resulting stresses become higher. In conclusion, 

excessive decrease in shear viscosity is alleviated by 

increasing the portion of constraint release and is 

nearly independent of chain extensibility.  

 

 

 

 

 

 

 

 

 

 

 

 

 
(a) Shear viscosity of nanocomposite 

 

 

 

 

 

 

(b) Dynamic behavior of polymer chain in shear flow 

 

Fig.5. Dynamic behavior of polymer chain and the 

corresponding viscosity in shear flow  

 

Strain hardening of the nanocomposite melts is 

predicted successfully and dynamic motions of 

polymer chain in the elongational flow are 

visualized in the Fig.6.  
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(a) Elongational viscosity of nanocomposite 

 

 

t=0 
t=0.25 t=1 

 

(b) Dynamic behavior of polymer chain in elongational flow 

 

Fig.6. Dynamic behavior of polymer chain and the 

corresponding viscosity in elongational flow 

 

5 Conclusions  

A new molecular model was proposed from the idea 

of the thermodynamically admissible reptation 

theory to describe more realistic chain dynamics and 

predict rheological properties of polymers and 

polymeric nanocomposites. Brownian dynamics 

simulation was utilized to calculate the model 

without any significant approximations and the 

proposed stepwise Wiener process was applied to 

obtain more improved curves of rheology, especially 

at uniaxial elongational flow with low elongation 

rates. The model predicted the characteristic 

rheological behavior of polymeric nanocomposites, 

e.g., strong non-Newtonian behavior from low shear 

rates in shear flow and nonlinear strain hardening in 

elongational flow. Elongational flow properties were 

strongly affected by chain extensibility and 

constraint release, while shear flow properties were 

almost independent of chain extensibility but 

affected by constraint release of chain retraction. 

Polymer molecular chains showed different 

deformation in shear and elongational flows, the 

former was dominated by molecular orientation and 

the latter was strongly affected by chain stretch as 

well as orientation.  
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1.  Abstract 

Advent of nanotechnology has generated huge 

interest in application of carbon-based nanomaterials 

as future energy materials such as a possible 

replacement for conventionally used graphite as 

anode of Li-ion batteries and a new flexible and high 

efficiency electrode system. This talk will focus on 

engineering of carbon nanomaterials, graphene and 

carbon nanotubes (CNTs), and their applications in 

Li-ion battery and flexible solar cells. Various 

organized architectures of carbon nanomaterials can 

be fabricated using interfacial control and direct self 

assembly of these structures.  Our recent 

development of 3-dimensional carbon nanostructural 

anode will be highlighted. The unique 3D design of 

the electrode allowed much higher solid loading of 

active anode material, CNTs in this case and resulted 

in more amount of Li+ ion intake in comparison to 

those of conventional 2D anode. Though one such 

3D anode was demonstrated to offer 50% higher 

capacity, compared to its 2D counterpart, its ability 

to deliver much higher capacity, by geometrical 

modification, is presented. Our recent results of 

bonding energy characterization of graphene and 

CNTs with their substrates will be introduced to 

offer the optimum structure of carbon nanomaterials.  

2. Results and Discussion 

2.1  3D CNTs electrode for Li-ion Battery  

Carbon nanotubes, in different forms and 

architectures, have demonstrated good promise as 

electrode material for Li-ion batteries, owing to 

large surface area, shorter Li-conduction distance 

and high electrical conductivity. However, practical 

application of such Li-ion batteries demands higher 

volumetric capacity, which is otherwise low for 

most nanomaterials, used as electrodes. In order to 

address this urgent issue, we have developed a novel 

3-dimensional (3D) anode, based on multiwall 

carbon nanotubes (MWCNTs), for Li-ion batteries. 

The unique 3D design of the electrode allowed much 

higher solid loading of active anode material, 

MWCNTs in this case and resulted in more amount 

of Li+ ion intake in comparison to those of 

conventional 2D Cu current collector. Though one 

such 3D anode was demonstrated to offer 50% 

higher capacity, compared to its 2D counterpart, its 

ability to deliver much higher capacity, by 

geometrical modification, is presented. Furthermore, 

deposition of amorphous Si (a-Si) layer on the 3D 

electrode (a-Si/MWCNTs hybrid structure) offered 

enhancement in electrochemical response.  

 
Fig. 1  A schematic model of an anode stack assembled 

using 4 numbers of converted uniform stacking cuboid 

arrays from the geometry of a real 3D Cu mesh (right) 

SEM images exhibiting a cross-section perpendicular to 

the anode system. 

          

Fig. 2 Electrochemical performance of the anode 

structures of as-grown MWCNTs on 3D Cu mesh, 

MWCNTs on 2D Cu foil and a-Si/MWCNTs core-shell 

composite on 3D Cu mesh.  

Carbon nanostructures for flexible and high efficiency energy application  
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2.2 3D Field Emitter 

Developing a high-current field emitter with high 

operational stability is in demand for a number of 

applications, including  x-ray, electron microscopes, 

flat panel display and high power microwave 

generators, and thus, has been the focus of many 

researchers in the last decade. This need can be 

fulfilled by application of engineered nanomaterials 

and novel designing of electron emitters.  In the 

present research, a field emitter is designed and 

fabricated for high-current electron emission 

applications, involving growth of interface 

controlled carbon nanotubes along micro-channels 

of three dimensional (3-D) copper template.  Field 

emission characterization of the emitter shows very 

high emission current density (270 mA/cm2, peak), 

along with low turn-on field (1.1 V/µm), low 

threshold field (1.69 V/m), excellent long-term 

emission stability for extended hours of operation 

and excellent resistance to structural damage. While 

higher conductivity of the copper substrate, lower 

CNT-substrate interfacial resistance and strong 

interfacial bonding between Cu and CNTs are 

responsible for superior field emission properties, 

unique 3-D design  elevates number of emission 

sites and provides protection against structural 

damage from ion bombardment and arcing, leading 

to 23-27 times higher emission current density. 

Novel design, excellent properties and a simple 

three-step processing route make this CNT-based 

emitter open a new era for high current-density field 

emission devices. 

 

Fig. 3 Field emission response of 3D cathode structure 

(numbers mentioned within the plots are the number of 

micro-channels in corresponding samples).   

2.3 Graphene Based Flexible Solar Cells 

We demonstrated the synthesis of large scale 

graphene by thermal chemical vapor deposition 

method, and explore chemical doping of p-type 

donors (HNO3) in graphene lattice. Using  X-ray 

photoelectron spectroscopy we affirms that different 

C-H and NO3
-
 moieties were covalently attached 

with carbon atoms through sp2-sp3 hybridization 

with graphene matrix.  Furthermore, we successfully 

demonstrated that the systematic formation of C-O 

and C=O covalent bond with different concentration 

of HNO3 which facilitate the different amount 

protonation (p-type carriers) in the graphene crystal.  

Moreover, we observed the Fermi level shift in nitric 

acid doped graphene using ultraviolet photoemission 

spectroscopy (UPS) which illustrates the controlled 

Fermi level pinning from 4.52 to 5.31 eV under 

different concentration of HNO3 doping. 

Furthermore, dye-sensitized solar cells (DSCs) 

comprising HDG counter electrodes exhibited 3.2% 

photo-conversion efficiency than PG electrodes 

(~1.2%), which we believe due to the improvement 

of in-plane charge transfer of basal planes which 

further fortify the electrocatalytic activity of acid 

doped graphene. In particular, control over the 

charge diffusivity of redox species at the counter 

electrode and surface charge transfer resistance due 

to the acid doping in graphene offers enormous new 

insights of catalytic electrode development 

opportunities for electro catalytic devices. 
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Abstract 

This paper presents numerical examples to study 

both aspects of flow-compaction and stress 

development throughout the curing process of 

thermoset composite materials and the effects of 

resin flow on the development of residual stresses 

predicted by a newly developed integrated model. 

Various numerical examples ranging from simplified 

cases represented by a single finite element to 

unidirectional composite laminates undergoing 

autoclave curing process are considered. To verify 

the integrated model, the results obtained from these 

numerical examples are compared to those generated 

from established individual models for stress 

development in the composite material. The 

numerical examples will also serve to provide 

comparisons for predictions of stress development 

over the domain of the processed composite 

laminate with those obtained by regular stress 

models that consider either the initial or final resin 

volume fractions.  

 

Introduction 

The behaviour of thermoset matrix composites 

undergoing cure may be divided into two distinct 

stages: pre-gelation and post-gelation. During the 

first stage, flow of resin through the fibre-bed plays 

a major role in deformation of the part as the 

viscosity of the uncured resin drops significantly due 

to the increase in temperature. During the post-

gelation phase, the gelled resin and the fibres deform 

as a whole, leading to the expected solid composite 

material response.  

In current process models, each of these two aspects 

is dealt with using separate sub-models, typically 

called the flow and stress modules. The flow module 

is relevant to the pre-gelation behaviour of resin, 

while the stress module is valid for the post-gelation 

of composite material. Typically in process 

simulations, the flow module is run from the start of 

the process until resin is gelled throughout the 

composite laminate. Then the geometry and volume 

fractions are updated and re-meshing is performed if 

deemed necessary. The last step involves running 

the stress module with the new properties from the 

beginning to the end of the process. Therefore, only 

the effect of resin flow on the final geometry and 

properties of the composite material is considered in 

the prediction of residual stresses and the ongoing 

influence of flow on the development of stresses in 

the composite system is overlooked.  

In a previous work by the authors [1] the basic 

framework for the integration of modeling porous 

flow of resin through the fibre bed with the 

simulation of stress development in the composite 

material during the processing cycle was presented 

in a unified model. Such a unified model capable of 

capturing both aspects of flow and stress 

development in an integrated manner enables one to 

seamlessly track and analyse the resin flow, 

deformation, and stress development in the 

composite throughout the curing process.  

 

Governing Equations 

The integrated modelling approach used in this work 

is developed based on a 2-D plane strain flow-

compaction FE representation. The governing 

equations for flow and deformation of porous media 

involve three distinct equations including the 

equilibrium equation of the fluid phase, the 

equilibrium equation of the two-phase system, and 

the mass conservation equation. The two-phase 

model is modified so that it can capture both the 

stress development and resin flow. These include, 

NUMERICAL APPLICATIONS AND VERIFICATION OF AN 
INTEGRATED FLOW-STRESS MODEL IN PROCESSING OF 

THERMOSET COMPOSITES 
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but are not limited to, modifications to the mass 

conservation equation to produce bulk elastic 

properties consistent with the stress models for cured 

composites; introduction of a modified concept of 

effective stress; and modifications to the numerical 

solution technique.  

Incorporating the above modifications in the 

governing equations of general two-phase media 

leads to [1] 
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(1) 

as the set of governing equations for the integrated 

model. The three equations in (1) are the mass 

conservation equation, the equilibrium equation of 

the resin matrix, and the total equilibrium equation, 

respectively. In deriving (1), the effect of body 

forces is neglected. u, v, and P are the main variables 

of the above differential equations. u is the 

displacement of the solid structure which is 

representative of the displacement field of the 

system, v is the relative velocity field of resin, while 

P represents the resin pressure . 
sv  is the rate of 

volumetric strain of the two-phase system, and is 

defined by 
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(2) 

so that the bulk behaviour of the two-phase system is 

consistent with the micromechanics formulation of 

choice for the moduli of the cured composite. σs is 

the total stress of the two-phase system, and Kc is the 

bulk modulus of the system obtained from the 

relevant micromechanics formulation.   denotes the 

volume fraction of resin, and b is the Biot coefficient 

[2] defined by  

f

fb

K

K
b 1

 

(3) 

where Kfb is the bulk modulus of the fibre-bed (solid 

skeleton in general) and Kf is the bulk modulus of 

individual fibres (solid grains in general). fd i are the 

components of the drag force between the solid and 

fluid phases that, if defined as follows 

jijid vSf 1 
 

(4) 

lead to the Darcy‟s law [3]. μ is the viscosity of the 

fluid phase, and S is the permeability matrix of of 

the porous fibre-bed. 
ijs pσ   are the components of 

the „modified fibre-bed‟ stress tensor. For isotropic 

materials, the elastic moduli that relate the modified 

fibre-bed stress tensor to the strain field are defined 

by 

cfbps

fbps

GGG

KK







 ,
 

(5) 

where Gfb is the shear modulus of fibre-bed, and Gc 

is the shear modulus of the composite material 

obtained from the selected micromechanics scheme. 

For brevity, the formulation of the integrated 

approach for transversely isotropic materials is not 

discussed in this paper.  More theoretical details of 

the integrated approach may be found in Haghshenas 

et al. [1] and Haghshenas [4]. The integrated 

formulation is introduced into a Q1P0 bilinear 

isoparametric element with 4 nodes for the system 

displacement and relative velocity of the fluid phase, 

and only one central node assigned to pressure of the 

fluid phase. This element, which is depicted 

schematically in Fig. 1, will also be referred to as the 

4-1 element. The stress development model used in 

this work is based on a pseudo-viscoelastic model 

presented by Zobeiry et al. [5]. 

 

Numerical Applications 

The integrated model was implemented in a 

MATLAB code developed in-house. The stress 

model based on the pseudo-viscoelastic formulation 

was also separately implemented in MATLAB to 

compare its results with those reported by the 

integrated approach. The finite element chosen for 

the stress model is a 4-noded bilinear isoparametric 

element in 2D plane strain. Clearly in this case the 
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NUMERICAL APPLICATIONS AND VERIFICATION OF AN 

INTEGRATED FLOW-STRESS MODEL IN PROCESSING OF 

THERMOSET COMPOSITES 

DOFs are only of the displacement type. In terms of 

discretizing the displacement field this element is 

essentially identical to the 4-1 element. 

The composite material in all of the examples 

considered in this work is assumed to be AS4/3501-

6. The material properties pertaining to the flow-

compaction behaviour of AS4/3501-6 are adapted 

from Hubert et al. [6]. The thermo-mechanical 

properties of the fibres and resin are presented in 

Table 1. We assume that both the shear and bulk 

moduli, G,  and K, of the resin evolve with changes 

in temperature and degree of cure throughout the 

processing. CTEg and CTEr are resin‟s glassy and 

rubbery coefficients of thermal expansion, 

respectively. CSC is the volumetric cure shrinkage 

coefficient of resin. The relaxation times and their 

associated weight factors for 3501-6 resin are 

obtained from Kim and White [7]. Subscripts u and r 

denote the un-relaxed and relaxed values of the 

moduli respectively. 

Example 1. Fully constrained unidirectional [0°] 

laminate 

In this example, the stress development in a fully 

constrained composite material undergoing cure is 

studied. The sample is assumed to be a 

unidirectional [0°] laminate with a length of 1 mm 

and a height of 4 mm (Fig. 2). The problem is 

modeled by a single 4-1 element and the time-step 

size chosen for the numerical solution is 30 seconds. 

All boundaries are assumed to be impermeable, and 

since all the kinematic DOFs are located on the 

boundary of the single element, resin flow is 

completely inhibited. The temperature history and 

the resulting change in the degree of cure and 

viscosity of resin are presented in Fig. 3 and Fig. 4, 

respectively. Fig. 5 depicts the time-history of σx 

using the integrated model and compares the results 

with those obtained from the stress model. Fig. 6 

presents the comparison of the through-thickness or 

transverse stress, σz with the results obtained from 

the stress model. It can be seen that predictions from 

both models are virtually identical. 

 Example 2. Uni-axially constrained [0°] laminate 

under pressure loading applied on the permeable 

boundary  

In this example, the stress development response of 

a uni-axially constrained composite material 

undergoing cure is studied. The geometry and B.C. 

of the problem are presented in Fig. 7 where the 

applied pressure on the top surface is f0=540 kPa. 

The sample is a unidirectional [0°] laminate with an 

assumed width of 1 mm and a height of 4 mm. The 

top surface of the sample is assumed to be 

permeable. The temperature history and the resulting 

degree of cure and viscosity of resin are the same as 

the previous examples  in Fig. 3 and Fig. 4. The 

problem is modeled by a single 4-1 element. 

Fig. 8 presents the time-history of the developed 

resin pressure in the system. Fig. 9 depicts the 

changes in the vertical velocity of resin at the top 

surface of the sample during the process. The 

evolution of the resin volume fraction, φ, obtained 

by the integrated model is presented in Fig. 10. The 

predictions of the stress model with initial and final 

volume fractions are superimposed for comparison. 

Note that the final volume fractions are obtained 

from the integrated model. The changes in the 

transverse strain of the system are presented in Fig. 

11 and compared with the results of the stress model 

assuming both initial and final volume fractions. At 

the early stages of the process, the resin undergoes 

expansion due to temperature rise and, in the 

presence of a permeable boundary, resin flows out of 

the system to relieve some of the developed 

pressure. In the first few minutes however, an 

insignificant amount of resin flows out of the system 

as at that stage not enough pressure has built up in 

the resin. This is evident in the initial agreement 

between the predictions of transverse strain in the 

sample obtained by the integrated model and the 

stress model. Fig. 12 depicts the time-history of the 

stress along the x-axis, and compares the results with 

those obtained by the stress model assuming both 

initial and final volume fractions. 

The applied pressure provides a significant 

motivation for the resin flow and leads to a 

maximum resin velocity that is one order of 

magnitude larger than that in the previous example. 

The large amount of resin flow, leads to an 

appreciable difference between the initial and final 

values of resin volume fraction. This causes the 

trend of the post-gelation behaviour of the system 

obtained by the integrated model to be different 

from the one predicted by the stress model based on 

the initial volume fractions. Fig. 12 clearly shows 

the difference between the stress predictions of the 
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integrated model and the results obtained from the 

stress models based on the initial and final volume 

fractions. 

The flow of resin is responsible for the insignificant 

amount of longitudinal stress predicted by the 

integrated approach while the stress models predict 

significant stresses in the x-direction. After the 

gelation of resin, the stress time-history predicted by 

the integrated model essentially becomes an offset of 

the predictions of the stress model with final volume 

fraction. 

Example 3. Flat unidirectional laminate undergoing 

cure 

Here, we consider a flat unidirectional laminate fully 

bonded to a rigid tool. All material properties remain 

the same as in the previous two examples. The 

geometry and BC of the problem are depicted in Fig. 

13. Due to symmetry, only half of the length of the 

laminate is analysed. Fig. 14 shows the autoclave 

temperature cycle. It also presents the assumed 

thermal history of the part and the resulting degree 

of cure of resin throughout the processing. The 

predictions obtained using three approaches will be 

analysed and compared here: (i) the integrated 

model, (ii) the stress model using initial distribution 

of resin volume fraction, and (iii) the stress model 

using the final distribution of resin volume fraction. 

We investigate three different directions for the 

placement of the fibres: [0°] and [90°]. The applied 

load on the top and side surfaces of the sample is 

540 kPa. The problem is modeled by 12×6, 16×8, 

and 20×16 meshes of 4-1 elements to ensure the 

convergence of results. Time-step sizes of 60, 12, 

and 6 seconds are used and the convergence of 

results with refining the time-steps was confirmed. 

The 20×16 mesh and time-step size of 6 seconds are 

chosen to report the results and comparisons.  

To verify the stresses predicted by the stress model, 

the beta version of the commercially available 

COMPRO CCA in ABAQUS was used [8] 

incorporating the variable time pseudo-viscoelastic 

(PVE) formulation of Zobeiry et al. [3]. A 3D 

equivalent of our 2D plane strain was modeled using 

a mesh of 20×16 elements for [0°] and [90°] lay-ups. 

Fig. 15 shows the comparison of profiles of σx at 

section AB for [0°] and [90°] lay-ups. It can be seen 

that the stress results of the MATLAB plane strain 

and ABAQUS 3D models compare very well. 

Fig. 16 shows the through-thickness profile of σx at 

section AB of the [0°] laminate obtained by the three 

approaches. It is observed that the two stress model 

approaches lead to a rather large change in the 

amount of developed stress in the x direction in the 

neighbourhood of the constrained boundary AE. 

These sudden changes are accompanied by some 

oscillations that die down quite rapidly as we move 

away from the constrained boundary. The sudden 

development of stress in the vicinity of the boundary 

occurs because the constraint on the bottom surface 

effectively constrains the fibres located at the bottom 

of the laminate from any movement in the x 

direction. This combined with the thermal expansion 

of resin prior to gelation leads to significant 

development of stress in that region. The response 

obtained from the integrated model (solid line) is 

different in that this boundary layer effect is not 

observed. The predictions of the stress model with 

the final volume fractions agrees very well with the 

one obtained from the integrated model as we move 

away from the constrained boundary. This shows 

that the difference between the two results (which is 

located in the vicinity of the constrained bottom 

surface) is in fact due to stresses that are predicted 

by the stress model to develop before the nominal 

gelation of resin while in the integrated model no 

such stresses develop since the excess amount of 

resin can flow out of the system as it undergoes 

thermal expansion. In the case of [90°] layup, as it 

was observed earlier in Fig. 15, there are no signs of 

sudden changes in σx predicted by stress models 

since the fibre direction is transverse to the x-axis. 

Fig. 17 and Fig. 18 present the final distribution of 

axial forces and bending moments, respectively, 

along the length of the laminate. As a general rule, 

the results predicted by the stress model with final 

volume fractions are closer to those predicted by the 

integrated model than the regular stress model 

approach based on initial volume fraction. This is 

especially more noticeable in the axial force 

diagrams. This difference could be attributed to the 

flow of resin through and out of the system in the 

integrated approach. Note that there is a sudden 

change observed in the distribution of axial forces 

and moments in a region close to the side EF of the 

laminate. These anomalies, which are clearly visible 

in Fig. 18, are the artifacts of the inherent singularity 
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at point E where the assumed fully constrained BC 

at the bottom meets the free BC on the side EF. 

 

Conclusion 

Various numerical examples ranging from simplified 

1D cases represented by a single finite element to a 

more complex flat composite laminate undergoing 

cure were presented and analyzed using the 

integrated flow-stress model. The results obtained 

for these numerical examples were used to verify the 

predictions of the integrated model as compared to 

established individual models for stress development 

in the composite material. The numerical examples 

also served to provide comparisons of stress 

development in the processed composite laminate 

with those obtained by regular stress models 

considering both initial and final resin volume 

fractions. 
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Table 1. Mechanical properties of AS4/3501-6  

 

Property AS4 fibre Property 
3501-6 

resin 

12  0.2 Ku (GPa) 3.556 

23  0.3 Kr (GPa) 0.8 

E1 (GPa) 207 Gu (GPa) 1.185 

E2 (GPa) 20.7 Gr (kPa) 1 

G12 (GPa) 27.6 CTEg (/°C) 5.76×10-5 

CTE1 (/°C) -0.9×10-6 CTEr (/°C) 1.854×10-4 

CTE2 (/°C) 7.2×10-6 CSC (vol.c) -0.05488 

 

 

Fig. 1. Schematic representation of Q1P0 (4-1) linear 

isoparametric element 

 

Fig. 2. Schematic representation of a fully 

constrained [0°] composite sample (Example 1) 

 

 

 
Fig. 3. Time-history of the applied temperature and 

the resulting degree of cure in Examples 1 and 2 
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Fig. 4. Time-history of the applied temperature and 

the resulting resin viscosity in Examples 1 and 2 

 

 
Fig. 5. Time-history of the development of 

longitudinal stress in Example 1 predicted by the 

integrated and stress models. The predictions are 

essentially identical. 

 

 
Fig. 6. Time-history of the development of 

transverse stress in Example 1 predicted by the 

integrated and stress models. The predictions are 

essentially identical. 

 
Fig. 7. Schematic representation of a uni-axially 

constrained [0°] composite laminate, with permeable 

BC and pressure loading on the top surface 

(Example 2) 

 

 
Fig. 8. Time-history of the development of resin 

pressure in Example 2 
 

 

 
Fig. 9. Time-history of the changes in resin velocity 

in the vertical direction at the top surface of 

Example 2 
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Fig. 10. Time-history of the changes in resin volume 

fraction in Example 2 

 

 

 
Fig. 11. Time-history of the transverse strain in 

Example 2 

 

 

 
Fig. 12. Time-history of the development of x  in 

Example 2 

 
Fig. 13. Geometry and BC of the flat composite 

laminate undergoing cure (Example 3) 

 

 
Fig. 14. Time-history of the autoclave and part 

temperatures and the resulting degree of cure in 

Example 3 

 

 
Fig. 15. Final profiles of σx predicted by the stress 

model at section AB of the [0°] and [90°] flat 

laminates, and their comparison with the 

corresponding predictions using 3D elements in 

ABAQUS 
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Fig. 16. Final profile of σx at section AB of the [0°] 

flat laminate 

 

 
Fig. 17. Final distribution of axial force along the 

length of the [0°] flat laminate 

 

 
Fig. 18. Final distribution of bending moment along 

the length of the [0°] flat laminate 
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Applying new lightweight materials, such as carbon 
fiber reinforced plastics (CFRP) in the automotive 
industry allows a significant reduction in structural 
weight and carbon dioxide emissions. In these high
volume production industries, current 
manufacturing technologies face a twofold 
challenge: cost and cycle time. Braiding combines 
an automated and reproducible process together 
with an excellent rate of ma
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reinforcement 
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load is increased in the elastic domain, strain 

the resin rich areas between 
djacent yarns, thus exposing the underlying textile 

 

Minor nonlinearites present at the end of the elastic 
matrix plasticity. When a 

yarn cracks 
form at the boundaries of adjacent yarns at a 

(a) strain concentration, (b) crack in axial yarn, 
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length, originating from the initiation location. 
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Their initial appearance can be correlated with the 
first major load drop, which marks the point of 
damage initiation at the end of the elastic domain. 
As the strain further increases, the load level 
exhibits a stable plateau as a result of progressive 
damage development. This behavior is associated 
with the continuing development of inter
also intra-yarn cracks across the entire specimen 
length, originating from the initiation location. 
9 (b) displays a t
progression domain. 

 

(a)

Fig. 9. (a) ε22

inter and intra

heir initial appearance can be correlated with the 
first major load drop, which marks the point of 
damage initiation at the end of the elastic domain. 
As the strain further increases, the load level 
exhibits a stable plateau as a result of progressive 

age development. This behavior is associated 
with the continuing development of inter

yarn cracks across the entire specimen 
length, originating from the initiation location. 

(b) displays a typical crack pattern in the damage 
progression domain.  

(a) 

22 strain field in the elastic domain and (b) 
inter and intra-yarn cracks in the damage progression 

domain for TB30 coupon

Fig. 10: 

DAMAGE CHARACTERIZAT

heir initial appearance can be correlated with the 
first major load drop, which marks the point of 
damage initiation at the end of the elastic domain. 
As the strain further increases, the load level 
exhibits a stable plateau as a result of progressive 

age development. This behavior is associated 
with the continuing development of inter

yarn cracks across the entire specimen 
length, originating from the initiation location. 

ypical crack pattern in the damage 

 
(b)

train field in the elastic domain and (b) 
yarn cracks in the damage progression 

for TB30 coupon

: Stress-strain response and strain

DAMAGE CHARACTERIZAT

heir initial appearance can be correlated with the 
first major load drop, which marks the point of 
damage initiation at the end of the elastic domain. 
As the strain further increases, the load level 
exhibits a stable plateau as a result of progressive 

age development. This behavior is associated 
with the continuing development of inter-yarn and 

yarn cracks across the entire specimen 
length, originating from the initiation location. Fi

ypical crack pattern in the damage 

(b) 

train field in the elastic domain and (b) 
yarn cracks in the damage progression 

for TB30 coupon 

strain response and strain

DAMAGE CHARACTERIZATION 
TENSION USING FULL

heir initial appearance can be correlated with the 
first major load drop, which marks the point of 
damage initiation at the end of the elastic domain. 
As the strain further increases, the load level 
exhibits a stable plateau as a result of progressive 

age development. This behavior is associated 
yarn and 

yarn cracks across the entire specimen 
Fig. 

ypical crack pattern in the damage 

When the entire specimen is saturated with cracks, 
a small increase in load can be observed. In this 
domain, the existing cracks exhibit further growth. 
Final failure of the specimen occurs, where mult
cracks coalesce across the specimen width.

5.2.3

The textile architecture 
the mechanical response
fiber direction
homogenized
architectures 
strain 
distinct load drops 
mixed mode failure
textile architecture: 
coincident 
yarns straighten along their longitudinal direction. 
H
of
the overlying 
is increased, 
develop
observed by 
multiple 
braid yarns along the path of a single 
axial yarn. 
capability to resist
result

train field in the elastic domain and (b) 
yarn cracks in the damage progression 

strain response and strain fields for loading in 

 OF TRIAXIAL BRAIDED 
TENSION USING FULL

When the entire specimen is saturated with cracks, 
a small increase in load can be observed. In this 
domain, the existing cracks exhibit further growth. 
Final failure of the specimen occurs, where mult
cracks coalesce across the specimen width.

5.2.3 Loading in 1F direction

The textile architecture 
the mechanical response
fiber direction

omogenized 
architectures 
strain behavior
distinct load drops 
mixed mode failure
textile architecture: 
coincident with the 1F direction, the 
yarns straighten along their longitudinal direction. 
Hence, intersecting axial yarns are 
of-plane movement, which is at first inhibited by 
the overlying 
is increased, 
develop in these areas. 
observed by 
multiple inter
braid yarns along the path of a single 
axial yarn. F
capability to resist
resulting in a sudden delamination of 

fields for loading in b

OF TRIAXIAL BRAIDED 
TENSION USING FULL-FIELD STRAIN MEASURE

When the entire specimen is saturated with cracks, 
a small increase in load can be observed. In this 
domain, the existing cracks exhibit further growth. 
Final failure of the specimen occurs, where mult
cracks coalesce across the specimen width.

Loading in 1F direction

The textile architecture has the greatest impact on 
the mechanical response 
fiber direction, as is shown in Fig. 10

 strain level 
architectures exhibit approximately 

behavior. Beyond this 
distinct load drops can be attributed
mixed mode failure mechanism 
textile architecture: as 

with the 1F direction, the 
yarns straighten along their longitudinal direction. 

ntersecting axial yarns are 
plane movement, which is at first inhibited by 

the overlying non-aligned 
is increased, transverse cracks 

in these areas. 
observed by [3]. This process continues, until

inter- and intra-yarn 
braid yarns along the path of a single 

Finally, the
capability to resist the out

in a sudden delamination of 

braid yarn (1F

OF TRIAXIAL BRAIDED COMPOSITES 
FIELD STRAIN MEASURE

When the entire specimen is saturated with cracks, 
a small increase in load can be observed. In this 
domain, the existing cracks exhibit further growth. 
Final failure of the specimen occurs, where mult
cracks coalesce across the specimen width.

Loading in 1F direction 

has the greatest impact on 
 for loading in the braid 

as is shown in Fig. 10
strain level <	ε	>	≈	0.006

approximately 
. Beyond this thre

can be attributed to 
mechanism intrinsic to the 

 the external load is 
with the 1F direction, the 

yarns straighten along their longitudinal direction. 
ntersecting axial yarns are subjected 

plane movement, which is at first inhibited by 
aligned braid yarns. As the load 

transverse cracks and 
in these areas. A similar effect was 

. This process continues, until
yarn cracks 

braid yarns along the path of a single 
the braid yarns lose their 

the out-of-plane movement
in a sudden delamination of 

1F) direction 

COMPOSITES UNDER 
FIELD STRAIN MEASUREMENT

When the entire specimen is saturated with cracks, 
a small increase in load can be observed. In this 
domain, the existing cracks exhibit further growth. 
Final failure of the specimen occurs, where multiple 
cracks coalesce across the specimen width. 

has the greatest impact on 
for loading in the braid 

as is shown in Fig. 10. Up to 
0.006 , all braid 

approximately linear stress
threshold point

to a progressive 
intrinsic to the 

the external load is 
with the 1F direction, the aligned braid 

yarns straighten along their longitudinal direction. 
subjected an out

plane movement, which is at first inhibited by 
braid yarns. As the load 

and delamination
A similar effect was 

. This process continues, until
cracks appear in the

braid yarns along the path of a single underlying 
braid yarns lose their 

plane movement
in a sudden delamination of individual

7  

UNDER 
MENT 

When the entire specimen is saturated with cracks, 
a small increase in load can be observed. In this 
domain, the existing cracks exhibit further growth. 

iple 

has the greatest impact on 
for loading in the braid 

Up to a 
, all braid 

stress-
point, 

a progressive 
intrinsic to the 

the external load is 
braid 

yarns straighten along their longitudinal direction. 
an out-

plane movement, which is at first inhibited by 
braid yarns. As the load 

ns 
A similar effect was 

. This process continues, until 
n the 

underlying 
braid yarns lose their 

plane movement, 
ndividual 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

This study is concerned with the transient response 

of shells to blast and impact loads. A general 

approach is developed to derive the equations of 

motion, boundary conditions and approximate 

solutions for plates and shells with various 

geometries.  The formulation includes the effects of 

large deflections and initial geometric imperfections.  

Laminated composite and sandwich structures can 

be analyzed using this approach. 

The response to pressure pulses typical of blast loads 

is examined using a simple model.  Results are in 

good agreement with published results.  Geometrical 

nonlinearities and initial imperfections are found to 

have significant effects on the response.  Composite 

structures can experience significant damage when 

subjected to foreign object impacts.  With cylindri-

cal shells several examples show that often several 

of the lowest modes have very close frequencies and 

may modes participate in the response.  In those 

cases, the Donnell-Mushtari-Vlasov theory was 

shown not to be sufficiently accurate. 

 

2- Problem formulation 

A general formulation is developed to analyze the 

dynamic behavior of shells made of composite 

materials including functionally graded materials.  

The model can handle different geometries, different 

kinematic assumptions and complicating factors 

such as large deflections and initial imperfections.  

First we examine how to describe the kinematics of 

the deformation and then how to derive the 

equations of motion and approximate solution. 

 

2.1 Kinematics of the deformation  

A curvilinear system is used to describe the motion 

in a general way that can be specialized later to 

shells of different geometries: cylindrical, spherical, 

conical and others.  Starting with the three dimen-

sional Green-Lagrange strain tensor, several 

assumptions and simplifications are made to express 

the strains in terms of the displacements of the 

reference surface. 

 

An orthogonal curvilinear coordinate system is used 

where the and  coordinates define the reference 

surface and  is in the normal direction.  The Green-

Lagrange strain-displacement relations (Eqs. A1, 

A2) in such a system given by Saada [1] are listed 

below for completeness.   

 

The 1850 Kirchhoff plate theory is based on two 

simple assumptions: “(1) Normals to the undefor-

med middle surface remain normal to the deformed 

middle surface without change in length; (2) Trans-

verse normal stress may be neglected in the in-plane 

stress strain relation” [2]. Love’s 1888 shell theory is 

also based on those first two assumptions and in 

addition, it is also assumed that “(3) The shell is so 

thin that iR/  terms may be omitted compared to 

unity” [2]. In other words, the thickness is small 

compared to the two radii of curvature. Love’s thin 

shell assumption is adopted here so iR/1  terms 

are removed from Eq. A2. 
 

Since the introduction of Kirchhoff-Love theory, 

many models based on other kinematic assumptions.  

For example, in the first order shear deformation 

theory (FSDT), normals to the undeformed middle 

surface remain straight and do not change length but 

are no longer normal to the deformed middle surface 

(Eqs. A3).  Substituting into Eqs. (A1, A2), the in-

plane strains     T  ,, can be written as 

 

       nlo     (1) 
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where the midplane strains  o and the curvatures 

  are given in the appendix (Eq. A4, A5).   The 

linear components of the transverse shear strains are 

given in Eq. (A6). These linear strains and 

curvatures can be found in many publications (e.g. 

[3-5]. 

 

Expressions for the nonlinear stresses contain many 

terms.  For the FSDT, terms with the following 

powers of the transverse coordinate are present: 
o , 1 2 .  While a few investigators retain all 

terms, often, only the first term is retained.  Then, 

nonlinearities affect only the midplane strains, not 

the bending strains.  With the FSDT, the nonlinear 

strain is then given by Eq. A7.  Further simplifica-

tion is possible by considering that nonlinear effects 

are due to large transverse deflections only.  This 

results in the Sanders nonlinear strains. Since Love’s 

thin shell assumption was made, it is logical to 

assume that iRw / terms are also small if the 

transverse displacements remain small compared to 

the radius of curvature.  This yields the von Karman 

strains (Eqs. A8).  That approach can be used to 

determine the nonlinear components of the 

transverse shear strains.  For the FSDT, using von 

Karman’s approach these become zero. 

This general approach can be used in conjunction 

with any assumptions made about the kinematics of 

the deformation.   This includes the Kirchhoff-Love 

assumption, Reddy’s third order theory and others.   

 

To account for initial geometrical imperfections, it is 

assumed that the total distance of a point from the 

idealized reference surface is the sum of the initial 

imperfection w~  plus w, the transverse displacement 

caused by the mechanical loading.  Therefore, w 

should be replaced by w~w  in Eqs. A9. However, 

since the initial configuration is assumed to be stress 

free, w~  should not appear in the linear strains and 

curvatures.  Similarly, the nonlinear strain compo-

nents should not include  2/w~  and 

 2/w~  terms.  Consequently, the nonlinear strains 

are given by Eqs. A8 when initial imperfections are 

included. This brief overview shows how many 

formulations in the literature can be recovered. 
 

2.2 Governing equations 

The strain energy U, the work done by the external 

forces W, and kinetic energy K are evaluated as 

shown in Appendix B. The equations of motion and 

boundary conditions are derived using Hamilton’s 

principle 

   0VU-K 
2

1

 dt
t

t
  (2) 

 

It is generally possible to obtain exact solutions to 

the equations of motion. Approximate solutions are 

obtained using Lagrange’s equations 

 

jjj a

W

a

U

a

K

dt

d






























  (3) 

 

when the displacements are expressed in terms 

of approximation functions ij and pseudo-

displacements aj. 
 

3 Plates with Initial Imperfections 

Considering the case of shells with zero curvatures a 

simple and yet accurate one degree of freedom 

model is developed.  This model is used to study the 

dynamic response to various pressure pulses and 

examine the effects of nonlinearities and initial 

deflections. 

 
3.1 Governing equations 

For certain plate geometries, yandx   the 

Lame constants A=B=1, and 0R/1R/1 yx  .  

Neglecting shear deformations, the rotations of line 

segments initially normal to the midsurface are 

related to the transverse displacement (Eq. B.1).  

The curvatures and nonlinear strains are given by 

Eqs. (B2, B3). 

 

Simple models based on a one term approximation 

have been presented.  Dowell and Ventres [6] report 

that for isotropic, rectangular, simply supported 

plates several previous investigators obtained the 

same model assuming that  

 

b

y
sin

a

x
sinaw


11   (4) 
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3  

 

and neglecting the inplane displacements u and v.  

This displacement approximation is the first mode 

shape for the linear plate.  Ref 6 suggests that in 

addition, the in-plane displacements could be taken 

as 

b

y
sin

a

x
sinbu

2
21   (5) 

 

b

y
sin

a

x
sincv

 2
12   (6) 

 

Eqs. (5,6) satisfy the boundary conditions for  

immovable edges.  The kinetic energy of the plane is 

taken to depend only on the transverse displacement 

w. Introducing those inplane displacement was 

shown not to affect the results significantly.  Singh 

et al [7] studied rectangular plates with the displace-

ment approximation given by Eqs. (4-6) 

 

Louca et al [8, 9] studied simply supported plates 

with initial geometrical imperfections w~ , and a 

single-mode approximation for transverse displa-

cement w given by Eq (3).  A global imperfection 

of the form 

b

y
sin

a

x
sinaw~ o


                (7) 

 

is considered.  Louca et al [10] consider isotropic 

plates with imperfections including the in-plane 

displacements u and v as in Eqs.  (4,5).  

 

For symmetric balanced laminates, the strain energy 

is evaluated using Eq. (B4) in terms of the inplane 

and bending rigidities.  The kinetic energy and the 

work of the external forces are obtained as indicated 

in Appendix B.  Then, Eq. 3 yields the equation of 

motion 

 

   )t(fFaaaaakakam ooNL  1111
2
111111 2  (8) 

 

where 4/habm   is the effective mass of the 

plate, r=a/b, and the linear bending rigidity k and is 

the nonlinear rigidity kNL are given by 

 

  4
22

2
6612113

4 22
4

rDrDDD
a

b
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  2
22

2
6612113

4
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a

b
kNL 


  

  

For a distributed pressure pof(t), 
24 /abpF o .  

For isotropic plates, the equation derived by Louca 

and Harding [8] is recovered.  Duffing’s equation 

with a cubic nonlinear term is recovered when 1a =0. 

Geometrical imperfections introduce terms propor-

tional to oaa2
11 and 2

oa  that affect the dynamics. 

 

The natural frequencies of an isotropic, simply 

supported, square plate with a side to thickness ratio 

a/h=120 and 30. obtained by the present 

approach are in excellent agreement with those from 

[11] as are the static deflections under a uniform 

pressure (Fig. 1).  

 

This approach can be generalized to obtain one term 

approximations for other support conditions along 

the edges.  It can also be used to obtain higher order 

models. 

 

3.2 Blast loading on composite plates 

For rectangular plates, the response to a uniform 

pressure pulse is dominated by the first mode and 

the contribution of other modes can be neglected 

[12].  This result applies to other systems with 

clearly separated frequencies and a single mode 

analyses are appropriate in those cases.  Starting 

with an example to demonstrate the effect of non-

linearities, a non-dimensional form of the one degree 

of freedom model is used to study the response of 

plates to a step pressure, to rectangular and 

exponential pressure pulses. 

 

The response of rectangular simply supported plates 

subjected to a uniformly distributed step pressure 

load has been studied extensively.  Here we consider 

an example first presented by Akay [13] and used by 

many others including Chen and Sun [14] where 

a=b=2.438 m, h=6.35 mm, 25.0 , E=68.9 GPa 

and  =2547 kg/m
3
 and po= 4784 N/m

2
.  Results 

from the one term approximation (Fig. 2) are in 

excellent agreement with those obtained in [13, 14]. 

Nonlinear effects are significant and must be 

accounted for.  Because of the nonlinear stiffening, 
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the amplitude of the response is smaller and the 

period of the oscillations is shorter.   

 

Neglecting initial imperfections in the one-mode 

approximation, the dynamic response is governed by 

the non-dimensional Duffing equation 

 

  fxxx  3   (9) 

 

where F/kax 11 is the non-dimensional displace-

ment, m/kt , and 32 k/Fknl .   

For a step pressure load (f(t)=H(t)), the first integral 

of Eq. 9 

0
2

422  xxxx


            (10) 

 

is used to calculate xmax, the maximum value of x.  

The velocity reaches a maximum maxx determined 

from Eq. 10 and the corresponding displacement xo 

is found solving 03  xx  .  Table 1 shows that as 

 increases xmax, xo and maxx decrease. 

 

For a linear system, the phase diagram is a unit 

circle centered at (1,0).  For nonlinear systems the 

shape of the trajectory differs significantly different 

from a circle (Fig. 3).  For small values of  , x 

remains small and, neglecting the second and third 

terms on the left hand side of Eq. , the response is 

impulsive.  That is, 

   



o

*d*fx  

 

and the response depends on the area under the  f  

versus  curve and not the shape of the curve. For a 

step load, the impulsive response is given by 

2/x 2  and tx  .  An approximate solution of 

the form  tcos1Ax  was also obtained where 

the amplitude and the frequency are obtained from 

1
2

5 3  AA   and 22

4

15
1 A  .  Initially, the 

response is impulsive and the simple approximation 

given here is adequate even when is large (Fig. 4). 

 

For a rectangular pulse with a finite duration, the 

phase diagram starts with a circle A centered at (0,1) 

during the loading phase and then switches to a 

circle B centered at (0,0) during the free vibration 

phase (Fig. 4).  The response to a rectangular pulse 

  1f  when 21  shows a similar behavior for 

the nonlinear case.  The response is impulsive when 

the pulse duration is so small that the effect of the 

restoring forces ( 3xx  terms in Eq. 9) are 

negligible and the parabola is a good approximation 

to the red circle. 

Including the effects of initial imperfections, the 

one-mode approximation is non-dimensionalized as 

  

  )(fxxxxxxx oo   223 23        (12) 

 

where x and   are defined as before and F/kax oo  .  

With 0)(f  and an initial displacement  011a , 

the new variables are defined as  01111 a/ax  , 

 011a/ax oo   and   k/ka nl02
11 .  The restoring 

force  223 23 ooR xxxxxxF    is strongly non-

linear (Fig. 5).  The imperfections have a strong 

effect on the dynamics of the system  (Fig. 6). 

 

The dynamic response to blast loading has been 

studied by a number of investigators including 

Kazanci [15-17].  The linear response to an expo-

nential blast governed by the non-dimensional 

equation of motion o/
exx


 is 

 
































2

1
1

1

oo

/
/cossinex o






      (13) 

 

The response consists of a quasi-static exponential 

part and an oscillating part (Fig. 7). As   becomes 

large, the loading has died down and the radius R of 

the circle for the free vibration phase (Fig. 8) is 

given by 
















2

222 1
11

o

/xxR


         (14) 

 

When o is much larger than one, R is close to one..  

When o =10, the motion settled on a circle centered 

at the origin with a radius very close to one (Fig. 8).  

As o becomes small, R becomes small and less 

energy is absorbed (Fig. 9).  Figs. (8, 9) show that 

when o is large the maximum deflection occurs 
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during the loading phase while for small values of 

o  this maximum occurs during the free vibration 

phase. 

 

3.4 Impact on composite plates 

The effects of foreign object impacts on composite 

structures have been studied extensively [18-20].  

Using a single mode a nonlinear model for the plate 

and Hertz’s contact law for the local indentation 

between the plate and the projectile, the dynamics of 

the impact event is governed by 

 

          233 /

cnl xykxkxx             (15) 

  23

11

/

c

p

ayk
m

m
y              (16) 

where m/kt is the non-dimensional time. The  

displacement of the plate and that of the projectile 

are non-dimensionalized as V/m/kxx  and 

V/m/kyy  .  In addition three non-dimensional 

parameters are introduced: the nonlinear stiffness of 

the plate 22 k/mVkk nlnl  , the contact stiffness 

454121 ///
cc k/mVkk  .  P is the contact force, y is 

the displacement of the projectile, kc is the contact 

stiffness and mp is the mass of the projectile.  A 

parametric study of this problem was presented in 

2001 for linear plates (knl=0) [19].   Consider cases 

in which mp>m and the response is a global motion 

of the plate that can be captured by a one term 

approximation 

 

The effect of the mass ratio on the contact force 

history is shown in Fig. 10.  As mp/m increases from 

2 to 30 the maximum force and the impact duration 

increase.  The results indicate that at the end of the 

impact, the two bodies separate with the plate and 

the projectile moving in the same direction.  The 

velocity of the plate is greater than that of the 

projectile which retained a significant portion of its 

initial velocity.   For this type of impact, the rigidity 

of the plate has a negligible effect on the contact 

force history. 

 

4 Cylindrical shells 

The dynamics of cylindrical shells is discussed in 

many publications [3-5, 21]. Leissa [21] provides an 

overview of the early studies that consider 

geometrically nonlinear effects.  More recently, 

Amabili [22,23] come loapared several of the major 

theories. 

Soedel [3] extended the Donnell-Mushtari-Vlasov 

theory to laminated orthotropic cylindrical shells. 

The motion is governed by two equations (Eqs. C1, 

C2) in terms of the transverse displacement w and a 

stress function   . 

One example in Loy et al [24] is a closed, simply 

supported, cylindrical shell with radius R= 1 m, 

length L=20 m and thickness h=2 mm.  The shell is 

made of stainless steel with E=207.788 GPa,  = 

0.317756 and  = 8166 kg/m
3
.  The natural 

frequencies mn where m is the number of half 

waves in the axial direction and n is the number of 

half waves in the radial directions, are calculated.  

This example is used as a benchmark problem in 

many publications. 

Table 2 gives the first ten frequencies for m=1. 

Frequencies denoted by S are obtained using 

Soedel’s approach (Eq. C3) and L refers to those 

given by Loy et al [24].  In Eq. C3, only 11  

accounts for the bending rigidities of the plate.  The 

frequencies denoted by S
app  in Table 3 are obtained 

neglecting the term 222112 /  in Soedel’s solution 

to highlight the effect of in-plane rigidities.  These 

results show that 222112 / only affects the first 

few modes.  Results in the last two columns of Table 

3 are in good agreement except for the first few 

modes. 

Both references [3,24] used Love’s thin shell with 

results in three equations of motion in terms of the 

three displacements of the mid surface: uo, vo, and w.  

Loy et al attack these equations directly using a 

numerical approach.  On the other hand, an addition-

al simplification is made in [3]: inertia terms 

associated with the displacements  uo, vo, are neglec-

ted.  Only the inertia term associated with the trans-

verse displacement w is retained in what is usually 

refered to as the Donnell-Mushtari-Vlasov theory.  

Results ffor orthotropic shells are presented in [3] 

and similar discrepancies between results obtained 

analytical results and finite element results is attribu-

ted to the fact that these inertia terms were neglected 
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Further simplification can be achieved for long 

shells. Then,  42211 R/nD  and frequencies 

calculated using    h/R/nDR 
4

22
2   are in very 

close agreement with the approximate solution in 

Table 3.   Fig. 11 shows that for this shell, the effects 

of inplane motion are significant for small values on 

n.  For higher values of n, all curves collapse on a 

single curve.  Then the shell behaves like a ring of 

unit length with frequencies R . 

Fig. 12 shows that the effects of inplane motion are 

less important when the thickness and length of the 

shell are increased. 

 

Conclusion  

This article briefly describe a framework for the 

analysis of shells including the effects on geometric 

nonlinearities and imperfections.  Shells with 

various geometries can be analyzed and the validity 

of various assumptions can be tested.  Results for the 

analysis of plates and shells subjected to blast 

loadings and impacts indicate that geometric 

nonlinearities and initial imperfections can be 

significant.  For shells, it was shown that the validity 

of some of the simpler theories might not be 

sufficient. 

 

Appendix A: Strain-displacement relations 

Nonlinear strain-displacement relations for a 3D 

body in orthogonal curvilinear coordinates 

 222

2

1
 eeee                 (A1) 
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A and B being the Lame coefficients and R and R  

the principal radii of curvature, 
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With the FSDT, the deformation is described by 

 

       ,,u,,u o   

       ,,v,,v o              (A3) 

    ,w,,w o   

 

Substitution into Eqs. A2 gives the linear midplane 

strains, the curvatures, and the transverse shear 

strains as 
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The nonlinear in-plane strains are 

 

   Tnlnlnlnl ,,                   (A7) 
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After simplification, we obtain von Karman’s 

nonlinear strains 
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Nonlinear strains in a shell with initial geometrical 

imperfections (FSDT with von Karman’s approxi-

mation) are given by 
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Appendix B: Plate with initial imperfections. 

Neglecting the transverse shear strains, 
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The curvatures become 
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The nonlinear strains are 
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The force and moment resultants are defined as 

 

     
2

2

/h

/h

TT
d,,N,N,NN    

 

     
2

2

/h

/h

TT
d,,M,M,MM    

 

where    T,,    .  For an arbitrary layer, 

the stress-strain relations are given by      Q  

where        nlo    is given in Eq. 1.  

With the usual A, B, D matrices,  

 

          nlo ABAN    

 

          nlo BDBM    

 

The strain energy, kinetic energy and the work 

done by the external forces are defined as 
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where the external pressure p and the transverse 

displacement w are both functions of  ,   and t.  

Using Eq. 1 and integrating through the thickness, 
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For symmetric laminates [B]=0 and the last two 

terms disappear.  With the approximations made 

here (Eqs. ),  o =0 and several other terms drop 

out and the strain energy becomes 
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Appendix C: Cylindrical shells 
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Eq. 1 is identical to the equation of motion for an 

orthotropic plate except for the coupling between 

inplane and transverse displacements introduced by 

the  
2

21

xR 

 
term.  Natural frequencies are given by 
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where, for a simply supported cylindrical panel, 
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For a closed simply supported cylindrical shell 
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Fig. 1: Non-dimensional central displacement w/h 

versus non-dimensional pressure P=pa
4
/(Eh

4
) for an 

isotropic simply supported square plate (a/h=120) 

under a uniform pressure p.   

 

 

Fig. 2:  Transient response of a plate subjected to a 

step pressure.  Linear and geometrically nonlinear 

(solid line) responses 
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Fig.  3: Phase portrait for nonlinear system subjected 

to a step load with  =16 (Solid line: numerical, 

dotted line: approximate, dashed line: impulsive 

response) 
 

 

 
 

Fig. 4:  Response to a rectangular pulse for several 

values of  . Blue line: impulsive response to a 

step load; red line impulsive response to a step 

load. 
 

 
Fig. 5:  Non-dimensional restoring force FR as a 

function of x for three values of   and xo=1.  Solid 

line:  =1, dashed line:  =2, dotted line:  =4. 

 

 
 

Fig.  6: Phase portrait for the initial value problem of 

a system governed by Eq. (12) with 0)(f  and 

xo=1.   Solid line:  =0, dashed line:  =1, dotted 

line:  =2. 
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Fig. 7: Non-dimensional displacement x versus 

time   for a linear single degree of freedom system 

subjected to an exponential pulse  o =10 

 

 
Fig. 8: Phase portrait ( x versus x) for a linear single 

degree of freedom system subjected to an 

exponential pulse  o =10 

  

 
 
Fig. 9: Phase portrait ( x versus x) for a linear single 

degree of freedom system subjected to an exponen-

tial pulse  o =0.5 

 

 
 

Fig. 10: Effect of the mass ratio mp/m on the 

nondimensional force history 
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Fig. 11: Natural frequencies of stainless steel cylin-

drical shell (R= 1 m, L=20 m, h=2 mm) 

 

 

 

Fig. 12: Natural frequencies of stainless steel cylin-

drical shell (R= 1 m, L=40 m, h=10 mm) 

 

 

 

 

 

 

 

 

Table 1: Maximum displacements and velocities as a 

function of  for Duffing’s equation with step load. 
  xmax xo 

maxx  

0 2 1 1 

0.25 1.5418 0.8477 0.9551 

1 1.1795 0.6823 0.8892 

2 1 0.5898 0.8430 

4 0.8351 0.5 0.7906 

8 0.6894 0.4176 0.7343 

16 0.5641 0.3447 0.6765 

 

 

Table 2: Comparison of natural frequencies as a 

function of   obtained numerically and using Eq. 

11. 
  Numerical Approximate 

0 1 1 

0.5 1.171362 1.172604 

1 1.317782 1.322876 

2 1.569227 1.581139 

4 1.977337 2 

8 2.606698 2.645751 

16 3.545015 3.605551 

 

Table 3:  Natural frequencies of stainless steel cylin-

drical shells (R= 1 m, L=20 m, h=2 mm) for m=1. 
S
app : approximate Soedel solution; S : Soedel’s 

solution; L : results from Loy et al [24] 

n S
app  S  L  

1 0.501 19.339 13.548 

2 1.967 5.301 4.592 

3 4.412 4.928 4.263 

4 7.834 7.931 7.225 

5 12.233 12.259 11.542 

6 17.611 17.619 16.897 

7 23.966 23.969 23.244 

8 31.299 31.300 30.573 

9 39.609 39.610 38.881 

10 48.897 48.898 48.168 
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Abstract 

 

A composite drum shell using carbon fiber suitable 

for replacing hardwoods in traditional drums was 

developed. An Indian drum called a Chenda was 

investigated and the acoustic characteristics are 

reported. The mechanical properties of jackfruit 

wood were taken as benchmark for designing the 

sandwich structure. A prototype was developed by 

hand layup and vacuum bagging technique. An 

improved tuning system using turnbuckles and 

spectra fiber ropes was implemented. Acoustic tests 

were performed and the frequency spectra of the 

wooden and composite drums were compared. The 

tuning of the instrument was monitored at the 342 

Hz for both the composite and wooden shell. The 

frequency response of the wooden shell was stronger 

than that of the composites shell. Damping trends for 

both the wooden and composite drum shells were 

also compared. This study indicated that in contrast 

to traditional drum shell manufacturing, 

standardization and uniformity could be achieved 

from the composite manufacturing. 

 

1 Introduction  

 

Drums are the oldest musical instruments [1]. The 

sound is produced by striking a stretched membrane 

over the opening of either a frame, or a hollow body 

of any shape. The hollow body is referred to as the 

drum shell. In the present work, a traditional south 

Indian drum called a chenda was investigated 

(Figure 1). The chenda consists of cylindrical shell 

covered with a cow hide membrane on either 

side.The drum body serves the purpose of holding 

the stretched membrane. It must be sturdy to 

withstand the tension of the membrane and light 

enough to resonate well.One end of the chenda drum 

possesses a relatively high pitched tonal drum head 

and the other end possesses a relatively low  

 

 

pitched bass drum head. Tension chords are passed 

over the hoops and the pitch is heightened or 

lowered by varying the tension on the chords. This 

drum is widely used in temple festivals and as an 

accompaniment in the dance called kathakali. 

Historically, the material of construction of a drum 

shell is limited to certain species of hardwoods, 

namely the Jackfruit (artocarpus). For instrument 

builders it is often difficult to find a suitable piece of 

wood for making quality instruments. Hardwoods 

possess high density, termite resistance (protection 

from insects) and good acoustic qualities.  

 

Recently the availability of quality hard woods for 

making music instruments has decreased. Moreover 

the quality of the particular instrument depends on 

the skill of the craftsman.  Dimensional stability is 

also a major reason why wood alternatives are 

attractive in musical instrument construction. 

Warpage is a big problem as it can cause the contact 

surface to deviate with the skin out-of-plane, or 

make it an oval, which has more audible 

consequences. Both of these situations can lead to 

cracking of the wood, which commonly occurs in 

drum shells. To overcome these issues, this study 

focused on replacing the hardwoods used in 

traditional instruments with composite structures to 

produce sustainable lightweight drum shells. 

 

The aim of this paper is to investigate the suitability 

of sandwich structures for drum shell applications. 

Drum shell structures are designed for compressive 

loads due to the presence of the drum heads resting 

on them. Based on experience, a value of 9000N/m 

was chosen to represent the axial compressive load 

that is equal to the load carried by the tensioning 

ropes. This paper reports the manufacturing aspects 

of drum shells and the acoustic testing of the drum. 
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Fig. 1.Traditional Indian drum (Chenda) 

 

2 Background 

 

In order to develop a shell structure for a drum from 

composites, it was required to know which 

mechanical properties lead to a good drum body and 

which non-traditional materials have been 

investigated in the past. If a new material is to 

replicate resonant properties of wood it is likely that 

it should also have similar mechanical properties.  

Phillips and Lessard presented a good approach for 

the design and manufacturing of a flax fiber 

composite for music instrument applications [2]. 

From the above work it is clear that the design and 

the manufacturing of structures from composite 

materials is a complex, but feasible process. 

 

It was shown that the target values for material 

properties can be designed and achieved within a 

relatively good precision.  Applying this kind of 

design considerations will be an important part of 

the evaluation process of composite materials for use 

in musical instruments structures. Ono et al. [3] 

investigated the use of a wood plastic shell for the 

traditional Japanese drum Wadaiko. Their approach 

provided a baseline reference to assess the 

performance of alternate materials for drum shell 

applications. In their study, the vibrational 

characteristics and the frequency domain spectra 

were analyzed. A material with high specific 

modulus was shown to be desirable so that the 

structure is stiff enough to withstand the tension in 

the chords as well as light enough to resonate well. 

Sandwich structures, due to their light weight and 

high specific flexural properties, are an interesting 

alternative to wooden drum shells. Moreover by 

using suitable core materials in music instrument 

applications, the damping properties could be 

mimicked. Hence, the focus of this study is to 

design, manufacture and test a drum shell with a 

sandwich structure. 

 

3 Materials and design 

 

The selection of fiber, matrix and core was 

important in the shell design. A fiber that possesses 

a high specific modulus and high density has more 

potential for use as reinforcement. For this reason, 

unidirectional carbon fiber was selected.  

 

An epoxy resin system was selected in the present 

manufacturing process as it offered better adhesion 

to the core than polyester.Sikadur-300 epoxy 

supplied by Sika Corporation, which is a high 

strength, high modulus and room temperature curing 

resin system suitable for the wet lay-up process. 

Among the various core materials available, balsa 

wood was selected for the drum shell application. 

Balsa wood provides better damping properties than 

honeycomb core and can lead to an appropriate sized 

structure for music instrument applications [4].A 

light weight drum body is not suitable for a massive 

drum head, because the drum body has to provide a 

stable anchor as it vibrates. Hence the use of honey 

comb and foam core is not investigated further. 

 

 

Before designing the layup, preliminary static tensile 

tests were carried out on Jackfruit (artocarpus) 

specimens. The average Young‟s modulus in the 

axial direction and the density are shown in Table 1.  

Classical laminate theory was used to predict the in-

plane and bending stiffness of the laminate so that it 

could be tailored to that of Jackfruit. The final shell 

ply sequence was [0u] s (where u= unidirectional and 

s= symmetric) with a core thickness of 10mm. This 

was achieved after careful design iterations. The 

deflection of the shell under the axial compressive 

load was calculated as 0.03mm. The simulation was 

carried out by ANSYS software.  

 

Table 1. Average values of density and static 

modulus of Artocarpus species 

 
Name of the 

species 

Density(g/cc) Modulus of 

Elasticity, 

E (Gpa) 

Tensile 

strength 

(Mpa) 

Artocarpus 0.505 8.75 70±20 

 

The acoustic properties of a drum are largely 

dependent on the design of the bearing edge, which 

acts as the contact surface between the drum shell 

and the drum head membrane. Circumferential 

hoops/stiffeners were added at both top and bottom 
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of the shell in order to mimic the desired tonal 

qualities as in the wooden drum. 

 

 

4 Manufacturing 

 

In order to make a quality part, the design of a mold 

is significant. The two factors which were 

considered were cost and the ease of manufacturing 

of the mold. A two-part mold (Figure 2) was 

manufactured using GFRP. The dimensions of the 

shell were 280mm diameter and 500mm height, 

which was based on the traditional drum.  After the 

two-part mold was built, it was treated with release 

agents (Chemlease), and a wet layup manufacturing 

process was developed.  

 

 

Fig. 2. The two-part GFRP mold 

The unidirectional carbon fabric was cut to the 

required size and epoxy resin was applied evenly by 

keeping the fabric on a flat aluminum plate. This 

ensured uniform and faster wetting of the fabric. 

Once the entire fabric was impregnated with the 

resin, carefully lifted and placed in to the treated 

GFRP mold and aligned properly. The core structure 

was prefabricated, (Figure 3.) which reduced the lay-

up time considerably. Both the bearing edges were 

smoothened with the help of a sand paper.  

 
Fig. 3. Prefabricated balsa core 

The above process was repeated for the second part 

of the mold. Tabs were provided for joining the two 

parts. The detailed procedure of the lay-up is 

illustrated in the Figure 4.The two parts of the mold 

were then joined with fasteners. Twelve M8 bolts 

were used to achieve proper sealing of the two parts 

of the mold. 

 

Once the lay-up was completed, the vacuum bagging 

was carried out to consolidate the lay-up. The 

vacuum bag was made in the form of a straight tube. 

The nylon film material was supplied by Airtech, 

U.S.A. It was cut in to a rectangular shape and the 

tube shape was formed by joining the two 

longitudinal sides. The length of the tube is about 

2.5 times longer than that of the mold and the 

diameter is 20% more than that of the outer diameter 

of the mold. 

 

The tube was inserted to the inner part of the mold, 

folded and wrapped around the outer periphery of 

the mold. Further, the two sides of the tube were 

sealed concentrically with the help of a sealant tape 

(Figure 5.). This bagging technique could be adopted 

for making cylindrical parts with open type mold 

and can be easily reused. Once the bagging was 

completed the lay-up was consolidated under 

vacuum at room temperature for 24 hours. 

 

 
 

Fig. 4. Lay-up illustration  

 

 

The finished chenda drum is shown in Figure 6. 

From the first prototype, a few surface defects were 

observed. These defects occurred due to the inability 

of the balsa core to follow the curvature of the mold. 

This presence of surface defects was also a result of 

uneven pressure application. Uneven edges were 

found at the bottom bearing edge of the shell, due to 

difficulty in placement of the core material. These 

surface defects were rectified by adopting a two 
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stage hand lay-up procedure. The outer layer was 

cured first, and the core and the inner layer in the 

second stage. A shell with improved surface finish 

was obtained. 

 

 
 

Fig. 5. Illustration of vacuum bagging 

 

Once the drum shell was finished, the drum heads 

were attached to the shell with turnbuckles and 

spectra fiber ropes (8 mm. diameter).Twelve 

turnbuckles of jaw-jaw type stainless steel (AISI 

316) were used for the assembly. Traditional cow 

hide membranes with circular hoops were used in 

the present study. Compared to the traditional 

assembly system, the improved materials provided 

an efficient tuning method which could be easily 

adapted to other drums as well. 

 

 

 

 

Fig.6. Finished sandwich drum shell and final 

assembly 

 

 

 

5 Prototype evaluation 

5.1 Test procedure 

We compared the manufactured composite shell 

with a traditional wooden drum shell, when a 

common skin was used on the two bodies. The skin 

was first tested on the composite body and then on 

the wooden body. To avoid any bias in the results 

caused by different tensions applied to the skin, the 

tuning of the instrument was monitored when 

replacing the skin and it was carefully adjusted to 

create the same fundamental frequency on both 

shells  (at 342 Hz). It is likely that the tension of the 

skin was slightly different for the two situations as 

the geometry of the wooden and the composite 

bodies were not quite the same. The wooden body 

had a slightly smaller diameter and was slightly oval 

due to very cold conditions. The same adjustable 

tension chord system was used on both shells. 

 

The skin was tensioned on the composite body for 

more than a week so there were chances that the skin 

was deformed and adjusted itself with the exact 

profile of the edge of the composite body, with a 

more uniformly distributed tension (this is indeed 

desirable to happen before an instrument is ready to 

be played). The situation could however be different 

for the case of the wooden body in which the skin 

was assembled on the instrument during the test. To 

eliminate such biases and also to check the 

repeatability of the experiment, after the second set 

of measurements on the wooden body the skin was 

placed back on the composite body and was re-

tested. 

 

In each of the three cases the radiativity was 

measured. Radiativity is computed by dividing the 

radiated sound by the excitation force in the 

frequency domain [5]. An impulse hammer with a 

plastic tip (PCB Model 086C01) was used to apply 

the force (in the form of an impulse) while a 

microphone (Bruel&Kjaer Type 4228) was 

recording the hit sound. The two synchronous 

recordings were then used to calculate the Frequency 

Response Function (FRF).  

 

All measurements were made in a semi-anechoic 

room and the microphone was placed at the distance 

of 120 cm from the skin pointing normal toward the 

center of the skin. The drum was hung with free-free 

conditions to avoid any disturbance from 

boundaries. An average of five measurements in 

frequency domain was applied to cancel the effect of 

random environmental noises. This procedure was 
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repeated for 23 points marked concentrically on the 

skin. Multiple points were used to give us flexibility 

to later select any point that does not fall on the 

nodal line of any modes of the skin in the frequency 

range of interest. No effort was made in this study to 

extract the mode shapes, although they should not be 

far from the ones predicted by simple theoretical 

modes of an ideal membrane [6], or the ones 

reported in the literature of other membrane-type 

percussion instruments [7]. Figure 7 shows the 

experimental setup for the measurements. 

 

 
 

Fig. 7. Acoustic test setup 

 

To summarize, the raw material to evaluate different 

cases were three radiativity plots for the same point 

selected on the skin when the skin was stretched on 

the composite shell, the wooden shell, and the 

composite again. 

 

5.2 Discussion 

 

The frequency spectra of the three above-mentioned 

cases were compared up to the frequency of 1800 Hz 

and are shown in Figure 8. 

 

 

Fig. 8.Radiativity of the carbon fiber chenda, first 

repetition (Solid red line), the composite chenda, 

second repetition (dashed green line) and the 

traditional wooden chenda (dashed-dotted blue line). 

Black upward arrows show the areas of systematic 

dissimilarity between the wooden and carbon fiber 

bodies (discussed in text) 

 

The general trend of all graphs is quite similar, and 

as was expected the frequency of the first mode 

perfectly matched for all three cases. The two 

repetitions of the same experiment on the composite 

shell showed a slight difference. The major source 

could be the fact that the edge of the body does not 

touch the exact same circle on the skin, which may 

lead (among other consequences) to a different 

position of the excitation point relative to the body 

edge. The composite body behaves slightly different 

than the traditional wooden body that we tested. The 

most significant differences are illustrated in Figure 

8. The first and most obvious difference is the 

significantly higher frequency of the second mode 

for the wooden body (575 Hz vs. 480 Hz). The 

major reason for this disagreement might be the 

relatively smaller diameter of the wooden body and 

the fact that all mode frequencies of a stretched 

membrane do not scale proportionally when its 

tension changes. 

 

 

Two other important differences of the wooden and 

the composite shells are relatively stronger 

frequency response of the wooden body as compared 

to both repetitions of the carbon fiber for the 

frequency ranges of 1200 Hz to 1400 Hz and again 

1650 Hz to a 1750 Hz. The audible consequences of 

the dissimilarities mentioned in the two above-

mentioned paragraphs would be a higher perceived 

pitch and a brighter tone for the wooden body 

respectively. This assumption was in agreement with 

our informal listening tests performed during the 

experiments. It is worth mentioning that the 

differences were still well within the range of 

variability of two traditionally-made instruments and 

the sound and feel of the composite chenda was 

indistinguishable from a regular one. Another 

important factor to compare two instruments, 

particularly two percussion ones, is the damping 

factor for individual modes and its trend over 

frequencies [8]. It was aimed to mimic the damping 

properties of the wooden body in our composite 

body so it was desired in our experiments to see a 

similar damping behavior for the common skin when 

placed on the two bodies. 

 

Single mode fitting procedure was performed over 

the frequency range of our interest (below 1800 Hz) 

on the radiativity data illustrated in Figure 8. The 

quality factor (Q-factor) of each mode (its center 

frequency divided by the half-power bandwidth) can 
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be seen in Figure 9. To make the cases easier to 

compare a linear trend line was fitted to each set of 

measurements, which is also shown in Figure 9. As 

was expected for a complex system with broadly 

different physics (rigid wood, flexible membrane, 

and the enclosed air), the Q-factors cover a wide 

range of values from 20 to 400. The very low values 

of the Q-factor are most likely corresponding to the 

longitudinal sloshing modes of the air within the 

enclosed cavity. 

 

 
 

Fig. 9. Damping trend as a function of the frequency 

for composite chenda, first repetition (Solid red line, 

instances with red triangles), the composite chenda, 

second repetition (dashed green line, instances with 

green squares) and the traditional wooden chenda 

(dashed-dotted blue line, instances with blue 

circles).  

 

In general, the damping trends for the two 

repetitions of the composite chenda were steeper 

than the trend for the traditional wooden instrument, 

with all damping trends rising with frequency. The 

average value of the damping, however, was 

relatively close for different cases with the average 

of around 150. This again confirms that the two 

bodies would make comparable instruments if a 

similar skin with a close tension is placed on them. 

 

Conclusions 

 

A hand lay-up manufacturing method was developed 

and prototypes of composite chenda were made and 

the sound characteristics were compared with 

wooden drum shell. A composite structure was 

developed to replace the traditional wooden drum 

shell. 

 

The acoustic showed that the general behavior of the 

composite and wooden shells was relatively similar 

and the composite instrument fits well within the 

normal differences among two different wooden 

instruments. It is hoped that this study will help in 

the standardization and uniformity in manufacturing 

of the chenda. 
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1. Introduction 

Composite materials have been extensively used for 

making the primary and secondary structures in the 

aircraft industry while continuously improving both 

the materials and the manufacturing processes. 

Today’s aerospace industry is looking at the 

composites and automated manufacturing processes 

to reduce the cost and the processing time so as to 

cater their demands [1]. Automated Fiber Placement 

(AFP) process has been conceived over the years to 

overcome the limitations of traditional fabrication 

methods [2]. Numerous advantages of AFP process 

include faster lay-up, minimal supervision, fiber-

steering, reduced scrap, improved part to part 

uniformity while incorporating greater complexity 

and part features. 

In the complete process to make a composite structure, 

substantial cost reduction can be achieved by 

avoiding the Autoclave curing process. The Out-of-

Autoclave (OOA) thermoset material addresses this 

need [3]. The OOA prepregs initially were only used 

for non-structural and secondary structures in the 

aircrafts. But recently, Airbus 350 XWB jetliner 

became the first commercial aircraft to employ the 

MTM 44-1 OOA prepreg material to make their wing 

panels [4]. OOA technology not only reduces capital 

expenditure but also very large structures 

manufacturing can be facilitated, sandwich structures 

will no more be a hassle and will also result in low 

cost tooling and reduced overheads. 

The research work presented in this paper aims at 

investigating the properties of laminates 

manufactured using the OOA prepreg by AFP and 

Hand-layup (HLU) processes. A comparative study 

on the effects of pressure and no-pressure conditions 

during the curing cycle and the debulking achieved in 

both the manufacturing processes is also shown. A 

comparative cost model is also presented to 

understand the economics of each manufacturing 

technique and the associated processing conditions. 

2. Material Selection 

TC-250 OOA prepreg material was chosen to perform 

this study. It is a member of TenCate Advanced 

Composite’s newly derived TC family of toughened 

matrices for structural advanced composite 

applications [5]. The prepreg material used for the 

Hand Lay-up was supplied in 12 inch wide 

unidirectional rolls and the material fed to the AFP 

machine was 0.25 inch wide unidirectional tapes. The 

thickness of both, the rolls and tapes was 0.0054 

inches. 

3. Details of Manufacturing Processes 

3.1 Hand Lay-Up Technique 

The TC-250 prepreg material was used to prepare the 

samples for Tensile, Compressive and Shear testing 

in accordance with the ASTM Standards. There were 

two sets of samples prepared using HLU process, the 

first set was cured in the Autoclave and the second set 

was cured in a Convection Oven as per the conditions 

outlined in the Tencates’ Advanced materials TC-250 

Resin System Technical Data sheet [5]. 

3.2 Automated Fiber Placement Process 

Automated fiber placement process was used to 

characterize the TC-250 material. The optimum 

process parameters namely, speed of the lay-up, 

temperature and the pressure were determined after a 

number of trial runs.  The optimized process 

parameters were Torch Temperature 200 °C, the 

prepreg lay-up rate 50 mm sec-1 and pressure applied 

being 130 N. The two set of samples made by the AFP 

technique were cured in Autoclave with Pressure and 

No-Pressure conditions. 

Figure-1 shows the cross section of vacuum bag 

assembly for the curing of the laid prepregs. A cowl 

plate was used on the top of the laminate to ensure 

proper uniform thickness. A thermocouple was 

placed directly on the sample to measure the 

temperature of the sample directly. 

COMPARATIVE CHARACTERIZATION OF THE TC-250 

OUT-OF-AUTOCLAVE MATERIAL MADE BY HAND LAY-UP 

AND AUTOMATED FIBER PLACEMENT PROCESSES 
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1Department of Mechanical and Industrial Engineering, Concordia University, 
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Fig.1 Cross Section of the Vacuum-bag Assembly 

 

3.3 Autoclave and Out-of-Autoclave Curing cycle 

As to ensure the curing cycle truly reflects the 

temperature of the composite laminate and not the 

oven temperature, a series of dry-runs were done and 

the optimum rate (°C/min) was determined using the 

dual loop temperature controller. Figure-2 shows the 

path followed by the laminate while undergoing 

curing process. 

 

The only difference between the Autoclave and OOA 

processing was the application of pressure. In 

autoclave a constant pressure of about 420 - 425 kPa 

was applied during the curing cycle. Both the sets of 

laminates were post cured at 178°C for 2 hours after 

the primary curing cycle. 

 
Fig.2 Curing cylce 

4. Quality Control 

Quality Control is a very important parameter in the 

characterization process [6]. Proper handling of the 

prepreg material, clean room requirements and clean 

molds are all necessary to produce uniform and 

quality laminates. Following parameters were used to 

ensure the Quality assurance process. 

4.1 Degree of Cure  

To check the degree of cure, the samples made by 

different methods were tested using the Differential 

Scanning Calorimeter (DSC) machine. Heat-Cool-

Heat cycle was employed for determination of degree 

of cure in the DSC. Minimal amount of heat absorbed 

by the sample testified proper curing. 

4.2 Optical Microscopy 

Optical microscopy was performed on the samples 

made by various manufacturing methods to determine 

the quality of the laminate by determination of voids 

and resin-rich areas [7]. 

 

Fig.3 HLU Sample cured without Pressure 

 

Fig.4 HLU Sample cured with Pressure 
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Microscopic Images were taken to show the area in 

between consecutive layers in the laminates made by 

various techniques. Figure 3 and 4 show microscopic 

images of the Hand Lay-up samples. Figure-3 shows 

the one cured without pressure and the figure-4 shows 

the one cured with pressure. 

It is evident from these microscopic images that the 

samples made by Hand lay-up and cured in Autoclave 

with pressure show better consolidation compared to 

the sample cured without pressure. The average gap 

between the consecutive layers in the samples cured 

with pressure was 6.8 mm while for the sample cured 

without pressure was 7.2 mm. The pressure applied in 

the Autoclave along with high temperatures accounts 

for better uniform distribution of resin and also proper 

consolidation of the laminate [8]. 

The microscopic images shown in Figure 5 and 6 are 

of the samples made by AFP cure without pressure 

and with pressure respectively.  

 

Fig.5 AFP Sample cured without Pressure 

 

Fig.6 AFP Sample cured with Pressure 

Similar to what was observed in the HLU samples; 

the AFP samples cured in Autoclave with pressure 

had relatively better consolidation. The average gap 

between consecutive layers in the sample cured under 

pressure was 6.2 mm compared to 6.5 mm for the 

samples cured without pressure.  

 

Fig.7 Resin Rich Areas 

Figure-7 shows a typical resin rich area in a HLU 

sample. However, no major resin rich areas were 

observed in any of the samples, but, comparatively 

the AFP samples had insignificant rein rich areas 

compared to HLU samples. Curing with pressure 

resulted in comparatively less resin rich areas than 

curing without pressure. 

From the microscopy it is clear that the Autoclave 

Pressure plays an important role in debulking and 

compaction of the prepregs. Second important 

observation was the pressure applied by the AFP head 

also helps in minimizing voids and resin rich areas. 

No major resin rich areas and voids were observed in 

the OOA cured sample [9]. 

5. Mechanical Testing 

Mechanical tests to determine the tensile, 

compressive and in-plane shear properties were 

performed on coupons made by various 

manufacturing techniques and curing cycles. These 

tests are important to understand the behaviors of real 

complex structures under multi axial loads [10]. 

Table-1 shows the dimensions and stacking sequence 

of laminates manufactured using four different 

processes HLU+AC, HLU+OOA, AFP+AC, and 

AFP+OOA. The term ‘HLU+AC’ denotes a sample 

made by HLU and cured with pressures in Autoclave 

and the term ‘HLU+OOA’ denotes a sample made by 

HLU and cured without the application of pressure. 

RESIN RICH AREAS 
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Table.1 Measured Property, Laminate Dimensions 

and Stacking sequence 

Measured 

Property 

Laminate Length / 

Width (mm) 

Stacking 

Sequence 

Tensile Modulus 

and Strength (0°) 

304.8/304.8 [0]8 

Tensile Modulus 

and Strength 

(90°) 

228.6/304.8 [90]16 

In-Plane Shear 

Modulus and 

Strength 

304.8/304.8 [0,90]10s 

Compressive 

Modulus and 

Strength (0°) 

190.5/304.8 [0]12 

The Table-2 shows the mechanical properties 

measured associated ASTM standards and size of 

coupons along with stacking sequences. So as to 

normalize the data and to get accurate consistent 

results, 7 to 13 coupons were tested from each sample. 

Table.2 ASTM Standard, Measured Property, 

Coupon Dimensions and Stacking Sequence 

ASTM 

Test 

Method 

Measured 

Property 

Coupon 

Length/ 

Width (mm) 

Stacking 

Sequence 

D3039 Tensile (0°) 254/12.7 [0]8 

D3039 Tensile (90°) 177.8/25.4 [90]16 

D3518 In-Plane 

Shear 

254/25.4 [+45/-45]10s 

D3410 Compressive 

(0°) 

139.7/12.7 [0]12 

The [0, 90]10s laminate was used to cut coupons along 

the diagonal resulting [+45/-45]10s orientation. 

6. Results and Discussions 

6.1.1 Tensile Test 

ASTM D3039 was employed to determine the tensile 

strength and modulus. Static loads were introduced 

into the specimen by hydraulic grips at a standard 

head displacement rate of 1.27 mm min-1 until the 

load dropped significantly [11]. The tensile moduli 

and strengths were calculated from the slope of stress-

strain curves for both 0° and 90° samples. 

The Tables 3 and 4 show the average tensile modulus 

and strength along the fiber direction respectively. 

Table.3 Average Tensile Modulus, Standard 

Deviation and Coefficient of Variation along 0° 

Manufacturing 

Technique 

Tensile 

Modulus 

(GPa) 

Standard 

Deviation 

Coefficient 

of Variation 

HLU+OOA 140.2 1.82 0.013 

HLU+AC 149.5 1.46 0.01 

AFP+OOA 158 1.73 0.011 

AFP+AC 167.2 2.00 0.011 

Table.4 Average Tensile Strength, Standard 

Deviation and Coefficient of Variation along 0° 

Manufacturing 

Technique 

Tensile 

Strength 

(MPa) 

Standard 

Deviation 

Coefficient 

of Variation 

HLU+OOA 1697.2 7.94 0.0046 

HLU+AC 1754.6 7.12 0.0040 

AFP+OOA 1786.2 7.12 0.0039 

AFP+AC 1829 7.51 0.0041 

The Tables 5 and 6 show the average tensile modulus 

and strength perpendicular to the fiber direction 

respectively. 

Table.5 Average Tensile Modulus, Standard 

Deviation and Coefficient of Variation along 90° 

Manufacturing 

Technique 

Tensile 

Modulus 

(GPa) 

Standard 

Deviation 

Coefficient 

of Variation 

HLU+OOA 8.7 0.6 0.069 

HLU+AC 9.8 0.19 0.019 

AFP+OOA 10.1 0.3 0.028 

AFP+AC 11.2 0.36 0.037 
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Table.6 Average Tensile Strength, Standard 

Deviation and Coefficient of Variation along 90° 

Manufacturing 

Technique 

Tensile 

Strength 

(MPa) 

Standard 

Deviation 

Coefficient 

of Variation 

HLU+OOA 36.6 3.21 0.087 

HLU+AC 43.4 2.30 0.029 

AFP+OOA 46.6 2.07 0.044 

AFP+AC 48.9 1.81 0.037 

6.1.2 In-Plane Shear Test 

ASTM D3518 was adopted to examine the In-plane 

shear modulus and strength. The test was conducted 

in accordance to the ASTM D3039 tensile test. The 

coupons instead of having unidirectional fiber had a 

symmetrical matrix of [+45/-45]10. All the other test 

conditions were similar to that of D3039 [12]. Tables 

6 and 7 show the in-plane shear modulus and strength 

of the samples respectively. 

Table.7 Average In-Plane Shear Modulus, Standard 

Deviation and Coefficient of Variation of the sample 

Manufacturing 

Technique 

Shear 

Modulus 

(GPa) 

Standard 

Deviation 

Coefficient 

of 

Variation 

HLU+OOA 4.51 0.13 0.029 

HLU+AC 5.05 0.17 0.033 

AFP+OOA 5.29 0.13 0.025 

AFP+AC 5.76 0.15 0.028 

Table.8 Average In-Plane Shear Strength, Standard 

Deviation and Coefficient of Variation of the sample 

Manufacturing 

Technique 

Shear 

Strength 

(MPa) 

Standard 

Deviation 

Coefficient 

of Variation 

HLU+OOA 72.36 1.52 0.021 

HLU+AC 79.08 0.87 0.011 

AFP+OOA 81.56 1.02 0.013 

AFP+AC 84.84 1.15 0.014 

6.1.3 Compressive Test 

ASTM D3410 was used to evaluate the compressive 

strength and modulus. An Illinois Institute of 

technology Research Institute (IITRI) compression 

test fixture in accordance with the standard test 

method was used to provide stability in un-notched 

compression testing [13]. Static loads were 

introduced progressively into the specimen via the 

fixture at a standard head displacement rate of 1.27 

mm min-1 until the loads dropped significantly. 

Table 9 and 10 show the compressive modulus and 

strength of the samples. 

Table.9 Average Compressive Modulus, Standard 

Deviation and Coefficient of Variation along 0° 

Making 

Technique 

Compressive 

Modulus 

(GPa) 

Standard 

Deviation 

Coefficient 

of Variation 

HLU+OOA 103.7 1.89 0.018 

HLU+AC 114.6 4.03 0.035 

AFP+OOA 113.4 5.66 0.05 

AFP+AC 125.6 2.80 0.023 

Table.10 Average Compressive Strength, Standard 

Deviation and Coefficient of Variation along 0° 

Making 

Technique 

Compressive 

Strength 

(MPa) 

Standard 

Deviation 

Coefficient 

of Variation 

HLU+OOA 1223.4 6.02 0.0049 

HLU+AC 1252.6 6.50 0.0051 

AFP+OOA 1248.4 6.91 0.0055 

AFP+AC 1276.4 7.7 0.006 

6.2 Discussion 

In all the tests the samples made by AFP process in 

combination with pressurized curing out-performed 

all the other combinations of manufacturing and 

curing processes.  The samples made by AFP and 

cured without pressure also produced decent and 

promising results. In almost all the cases these 

samples produced better results than the samples 

made by HLU and cured with pressure. However, the 
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later shows slightly better results in the Compressive 

Tests. 

The Table-11 shows comparative results obtained 

from all the above tests. It shows each process ranked 

I, II, III or IV based on the above experimental results, 

I being the best and IV being the worst. 

Table.11 Manufacturing Process Rankings 

Manufacturing 

Technique 

Tensile In-Plane 

Shear 

Compressive 

HLU+OOA IV IV IV 

HLU+AC III III II 

AFP+OOA II II III 

AFP+AC I I I 

7. Cost-Model Development 

The cost savings associated with the OOA prepreg 

technology is the main driving force for all the 

advancements we have been seeing in the last few 

years. To demonstrate this, a comparative cost-model 

is developed to study the costs associated for a part 

manufactured by AFP and cured in Autoclave and a 

part manufactured by AFP but cured OOA. 

For developing this cost-model, the following 

parameters were considered. 

i) A simple part geometry like a cylinder or a flat 

plate was considered 

ii) The cost of slitted prepreg tape, $80/lb 

iii) The weight of the prepreg needed, 6 lbs 

iv) Skilled Labor/Technician cost, $75/hr 

v) AFP Layup rate, 3lb/ hr 

vi)  Autoclave/Oven cycle time, 6 hours 

vii) Oven cue time, 3 hours 

viii) Over-head cost of Autoclave, $180 

ix) Over-head cost of AFP Machine, $250/hr 

x) Over-head cost of Oven, $60/hr 

xi) Inspection Costs, $250/hr 

xii) Inspection time, 1 hour 

xiii) Miscellaneous costs, $100 

The total cost of making a part with AFP and cured 

OOA, without pressure with the above parameters is 

$2,143 compared to $2,938 for the same part made by 

AFP but cured in the Autoclave with pressure. 

There’s an increment of 37% in cost; so as to gain 5.8% 

more Tensile Modulus, 20% more Shear Modulus 

and 10.8% more Compressive Modulus. In other 

words, to gain 1 GPa in Tensile Modulus by using the 

Autoclave curing process a cost of $86.4 is involved. 

In the bar-chart shown below in Figure-12; all the 

major costs are shown and a comparison is done with 

respect to the Autoclave and OOA curing cycles. 

 

Fig. 12 Cost comparison for the part manufactured 

by AFP and cured in Autoclave and OOA 

 

Clearly from the cost model, the cost of Autoclave is 

one of the major driving factors in determining the 

cost of manufacturing a composite part. The 

particular example shown in Figure-12 is for a 

geometrically simple part, and with increasing size 

and complexity the cost of Autoclave will go up. 

Major cost reduction can be obtained on Autoclave 

Over-heads, Tooling costs, and the costs associated 

with moving Inventory by taking the Out-of-

Autoclave curing path. OOA Technology enables 

composite manufacturing by eliminating the cost and 

operation of Autoclave. Perhaps, phenomenal cost 
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reduction can be obtained from low temperature 

tooling [14]. 

8. Conclusion 

Conclusions drawn from the work presented in this 

paper are summarized below: 

i) Quality: With the modern advancements in 

OOA prepreg technology and proper process 

control over the manufacturing, void free 

laminates can easily be conceived.  The 

laminate made by AFP and cured without 

pressure had microscopic structure similar to 

that of the laminate cured in Autoclave with 

pressure. Both of them had very limited resin-

rich areas. 

ii) Mechanical Properties: The samples made by 

AFP and processed in Autoclave had the best 

properties, followed closely by the samples 

made by AFP cured without pressure. The 

HLU samples were well behind the AFP 

samples in all the tests. 

iii)  Cost Analysis: High cost savings can be 

resulted by avoiding the costs associated with 

the Autoclave; and with the elimination of 

Autoclave, further cost reduction in tooling, 

inventory transportation and operator costs can 

also be achieved. The economics of curing the 

samples without Autoclave were promising. 

Overall, the automated AFP processing with 

outperformed HLU processing in every test and 

analysis; also the samples cured without pressure 

using AFP produced results comparable to that of the 

samples cured with pressure that too with substantial 

cost reductions. 
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1 Abstract  

The strength loss of thermally treated glass fibre 

(GF) at elevated temperature is well reported in 

literature. This phenomenon even occurs at short 

period of time such as 25 minutes. In the recycling 

technologies for composites, GFs are usually 

recovered by degradation of polymeric matrix with 

thermal and/or chemical treatments. Therefore 

thermal effect on the strength of GF is a significant 

factor when restricting the possibilities of recycling 

this material for a second life.  

This study reports on the strength of thermally 

treated commercial GF after acid treatment and 

silanization of the fibre surface to achieve a proper 

combination of treatments which may provide us 

with the ability to recover the mechanical properties 

of the heat treated GFs. It is thought that silane 

coupling agents can directly increase and recover the 

strength of GFs. Two factors associated with this 

recovery are the possibility of the sizing repairing 

the damage on the surface of the heat treated GFs 

and the reduction of the fibre-fibre friction in the 

bundle through lubricating effect. 

GF samples were heat treated at 450
0
C for 25 

minutes and coated with silanes, applying different 

combinations of hydrochloric acid (HCl) and the two 

silanes used in this study, γ-Aminopropyltrimethoxy 

Silane (APS) and γ- Methacryloxypropyltrimethoxy 

Silane (MPS); these fibres were characterized by 

single fibre testing for strength. The results obtained 

demonstrated that the fibre strength improves 

slightly after combination of HCl and MPS 

treatment, and has a negative effect when the 

combination of HCl and APS was used. The surface 

deposition of silane on the surface of the fibre is also 

discussed using a Scanning Electron Microscope 

(SEM).  

 

2 Introduction 

During recent years there has been an increase in 

global concern about reducing the „carbon footprint‟ 

of the world to protect the environment.  

The disposal of end-of-life composites in an 

environmentally friendly manner is one of the most 

important challenges faced by the industry. It is 

projected that the total global production of 

composite materials will significantly exceed 10 

million tons by 2015, which will occupy a volume of 

over 5 million cubic meters. Glass fibre reinforced 

composites (GRP) account for approximately 90% 

of all the fibre reinforced composites currently 

produced. 

Furthermore, many GRP market sectors such as 

wind turbine applications have growth rates well 

into double figures with a predicted 6 million tons of 

GRP wind turbine blades to be produced globally 

over the coming decade. Currently most of this 

material is destined for landfill at the end of its 10-

25 year application lifetime. 

A number of processes are available for recycling 

composites. Of these possible routes, thermal 

recycling is probably the most advanced 

technologically. However, nearly all options deliver 

recycled materials which suffer from a lack of cost 

competitiveness with pristine first-pass materials. A 

key factor in this equation is that there is a huge drop 

in the performance of recycled GFs (80-90%) in 
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Fibres through Chemical Treatments 
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comparison to its original state. Consequently, 

recycled GFs have a very poor performance to cost 

ratio, and in most cases are considered unsuitable for 

reprocessing and reuse as a valuable reinforcement 

of composites. For these reasons, landfill is currently 

the most common way of composite disposal. 

However, expanding the use of the landfill option is 

increasingly being perceived as environmentally and 

economically unacceptable. 

In this study, thermal treated GFs [1], were 

investigated to recover their mechanical properties 

and to compare to pristine GFs. The goal of this 

project is to benchmark the effect and performance 

of silane coupling agents on the critical performance 

strength of recycling GFs from GRP. This paper is 

presenting the follow-on work for two previous 

research projects [2][3] studying the strength loss 

due to the thermal treatment combined with the 

interactions of silanes with the surface of GFs. Two 

of the main results of these studies showed that 

coating the fibres with silanes increased the strength 

of the bare GFs[2] and loss of tensile strength up to 

60% at 450
0
C [3]. 

In this project heat treated GFs were coated with 

APS and MPS, using HCl to pre-treat them in some 

cases. The influence of these treatments on the fibre 

strength will be discussed.  

2.1 Literature Review 

2.1.1 Effect of Temperature in Glass Fibre 

It is well known that the exposure of GFs to elevated 

temperatures affects mechanical properties, and 

results in strength loss[3]. 

In the case of GFs where the fibre-forming process 

imposes severe quenching on the glass, any 

explanation of measured physical and mechanical 

properties has to be based on the thermal history of 

the volume and surface glass in the fibre. It is 

supposed that a distinct surface layer forms when the 

fibre is fabricated, because the temperature of its 

surface is lower and its viscosity higher than its 

interior. The temperature gradient near the surface of 

the inner of the fibre is the greatest. The viscosity 

gradient of the surface layer is still greater because 

of the exponential dependence of the viscosity of the 

glass on temperature. As a result, the maximum 

stresses during the drawing of GFs are concentrated 

in the thin surface layer with a viscosity exceeding 

substantially the viscosity of the interior of the inner 

of the fibre. 

The quenching imposed by the fibre-forming 

process results in a form of glass which is so far 

from equilibrium at room temperature that most 

physical properties are affected. This does not mean 

that the glass is unstable at room temperature; the 

opposite of this in fact is shown when we measure 

properties they are well established. Experimental 

evidence shows that the thermal compaction is both 

time and temperature sensitive; thermal compaction 

increases with both time and temperature until the 

normal softening temperature of the glass is reached 

[4][5]. 

Regarding the fibre surface layer, it has to be 

considered that due to the high temperature, a slow 

flaw growth is produced, with it consequently 

decreasing the fibre strength due to the higher flaw 

severity and higher probability to break under loads 

applied to the fibre [6]. Exposure to high 

temperature can cause an increase of these defects. 

2.1.2 Silane Coupling Agents 

The general formula for a silane coupling agent 

typically shows the two classes of functionality due 

to its two moieties. R is a nonhydrolyzable organic 

moiety that can be either an alkyl, aromatic, 

organofunctional, or a combination of any of these 

groups. These groups provide the organic 

compatibility which allows the silane to form 

interpenetrating polymer networks, or in the case of 

reactive organofunctional silanes, to co-react with 

the coating polymer. The X represents alkoxy 

moieties, most typically methoxy or ethoxy, which 

react with the various forms of hydroxyl groups and 

liberate methanol or ethanol. These groups can 

provide the linkage with inorganic substrates (in this 

case GF surface), pigment, or filler to improve 

coating integrity and adhesion[7][8]. 

 

 

 

 

Reaction of these silanes to an inorganic substrate 

involves the four steps shown in Figure 2. 

Fig.1. General Formula for a silane coupling agent [8]. 

Rn-Si-X(4-n) 
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Fig.2. Reaction process of alkoxy silane [7]. 

Once the hydrolysis stage has occurred we assume 

the above four stages happen simultaneously. At the 

interface, normally there is one bond from each 

silicon of the organosilane to the substrate surface; 

the other two remaining silanol groups are usually 

present either condensed or free form. 

 The “Chemical Bonding Theory” states that 

coupling agents contain functional groups that can 

react with silanol groups on glass. This attachment 

to the glass can be made by covalent bonds. Apart 

from these bonds, coupling agents contain at least 

one different functional group which can react with 

the laminating resin during cure. This is the reason 

why the coupling agents act as a bridge to bond the 

glass to the resin with a chain of primary bonds. 

 

3 Experimental 

3.1 Materials 

The GFs used in this study were APS sized GFs 

provided by Owens Corning. The GFs are boron-

free E-glass under the trade of Advantex® with 

nominal fibre diameter as 17 µm. 

The chemicals used in this project were HCl 37% [9] 

and two silanes, whose designations and structures 

are shown below: 

 

Fig.3. γ-Aminopropyltriethoxysilane (APS). 

 

 

Fig.4. γ-Methacryloxypropyltrimethoxysilane (MPS). 

 

3.2 Thermal Treatment 

A specially designed steel rig using a nut, bolt and 

washer to prevent fibre breakage, was used to heat 

treat the bundles. Care was taken to ensure that no 

damage was suffered by the bundle, damage due to 

tensile stresses and contact between them which may 

cause friction and consequently damage. Once the 

furnace had been preheated to 450
0
C for 1 hour, the 

rig was inserted into the furnace for 25 minutes. 

Thereupon it was removed from the furnace leaving 

it cooling under room temperature for at least 30 

minutes. These thermally conditioned fibres were 

then treated with HCl and silanes. 
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Fig.5. 2 Bundles Steel Rig. A) GF Bundle.  B) Nut, bolt 

and washer. 

All the treatments done in this work are summarised 

below: 

1. Heat Treated GF at 450°C (HT). 

2. HT followed by HCl 10% v/v for 1 hour. 

3. HT followed by APS 1% v/v for 15 minutes. 

4. HT followed by MPS 1% v/v for 15 

minutes. 

5. HT followed by HCl 10% v/v for 1 hour 

followed by APS 1% v/v for 15 minutes. 

6. HT followed by HCl 10% v/v for 1 hour 

followed by MPS 1% v/v for 15 minutes. 

7. Original APS sized GFs. 

3.3 Acid Treatment (HCl 10% v/v) 

The procedure followed for the HCl 10% v/v 

treatment was the same for every combination in 

which HCl was used. First of all, a 10% v/v solution 

has to be made. Using deionized water, the HCl 37% 

was diluted. Once the concentration of the HCl  is 

10% v/v, the heat treated GFs bundles have to be 

immersed in it, leaving them for 1 hour at room 

temperature[10]. Thereupon the GFs bundles were 

rinsed in deionized water for at least 1 minute.  If 

this is the only treatment applied to the GFs bundles, 

a drying process follows, which consists of placing 

the bundles in an oven at 110
0
C for 15 minutes. The 

oven should previously be preheated for 15 minutes; 

the steel rig is used for this process. The HCl 

treatment was applied to achieve an increase in 

hydroxyl groups (OH) concentration on the GFs 

surface as J. Baselga et.al. probed to try to increase 

the probabilities of reaction between the silanes and 

the GFs. On the other hand, for similitude with 

Hydrofluoric acid (HF) treatment, is expecting to see 

a slightly etching effect[11].  

3.4 Silane Treatments (APS and MPS) 

The hydrolyzing of silane was done by preparing a 

1% v/v of each silane in deionized water. The pH of 

the deionized water was its natural which is about 8, 

measuring it with a pH meter which was calibrated 

using pH 4, 7 and 10 buffer solutions. Once the 

solution was made, each solution was left for 24 

hours hydrolyzing. 

With the solution ready to be applied GF samples 

were completely immersed in the silane for 15 

minutes at room temperature. Based on the paper by 

Yue and Quek[12] determined that the immersion 

time is not a critical factor in the relationship with 

the silane deposition on the dried GF surface. The 

samples were then removed from the solutions and 

dried following the same process described above. 

Regarding the process described above, it is 

important to leave the silane treated bundles over 

night before preparing the tensile samples to be sure 

that the bundle is perfectly dried and any remaining 

reactions have occurred. 

It was observed during this process that the GF 

bundle treated with APS and with MPS showed a 

different rigidity, being more rigid the one coated 

with APS than the one with MPS. Also there were 

differences in the silane deposition depending on the 

combination followed, that will be shown later using 

SEM pictures. 

3.5 Single Fibre Tensile Testing 

Once the GFs samples had been treated, they were 

prepared in templates for a gauge length of 20mm 

like the one shown in Figure 6, leaving the glue 

drying overnight; when the glue is dry the diameter 

of every sample was measured using an optical 

microscope. Thereupon 60 samples per treatment 

were tested following the ASTM standard D3822-07 

using the Instron Tensile Testing 3342 at room 

temperature. 
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Fig.6. Single Fibre Test Template. 

A 10N load cell was used for these tests and a ramp 

rate of 0.3 mm/min was applied, resulting in a 1.5% 

strain/min for the gauge length of 20 mm. 

3.6 Scanning Electron Microscope (SEM) 

The Scanning Electron Microscope used was a 

HITACHI SU-6600, a high resolution analytical 

variable pressure, field emission scanning electron 

microscope. The samples were coated in gold using 

an Edwards S150 sputter coater, to obtain a clearer 

picture of the fibre surface.  

The SEM was used to carry out examination of the 

GFs surfaces, before and after chemical and silane 

treatments and combinations of both that were 

applied, paying special attention to surfaces of the 

ones treated with silanes. 

4 Results 

The experimental stress strain curves were linear, 

unsurprisingly in brittle materials. The results of the 

average fibre strength (error bars show 95% 

confidence limits) are shown in Figure 7, showing 

them in increasing order. 

 

 

 

 

Table 1 Treatments Applied. 

Treatment 1 2 3 4 5 6 7 

HCl 10% - 1 h 1h - - 1h - 

 

APS1% 

- - 15 

min 

15 

min 

- - - 

 

MPS 1% 

- - - - 15 

min 

15 

min 

- 

 

 

Fig.7. Average Fibre Strength (GPa). 

Table 2 Average Diameters. 

 

Treatment 

 

1 

 

2 

 

3 

 

4 

 

5 

 

6 

 

7 

Average 

Diameter 

(um) 

 

16.9 

 

 

16.6 

 

 

16.9 

 

 

16.8 

 

 

16.5 

 

 

16.6 

 

 

16.9 

The results obtained show that the HCl treatment has 

not got any direct benefit in fibre strength; in fact the 

fibres suffer a slight decrease in fibre strength after 

treatment in HCl. On the other hand the results show 

that the effect of any silanization applied increases 

the fibre strength. Combination number 6 is the best 
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one (HCl 10% v/v for 1 hour followed by MPS 1% 

v/v for 15 minutes). 

No etching effect was seen comparing the average 

diameters of the different treatments (Table 2). 

5 Discussion 

Using the Weibull plots the different results 

achieved are further compared. Basically all the 

different treatments applied for the GFs show a very 

good agreement with a linear fit or unimodal as 

establish by the R
2
 curve fit value, which leads us to 

think that the fibre failure is caused by one type of 

flaw population. Probably this unimodal distribution 

can be attributed to a remaining residue of the 

coating of the original Owens Corning APS sized E-

GFs, which hasn‟t been completely removed from 

the surface by the different treatments, heat and 

chemical treatments applied, still healing the  

surface flaws [13].  

In Figure 8 we can see the differences between the 

heat treated GFs and the ones with the HCl treatment 

alone. The ones with only the heat treatment can be 

seen that are slightly better than the ones with the 

HCl treatment. The Weibull modulus for the heat 

treated GFs is a bit bigger than the other, which 

means that the distribution of the flaws is less evenly 

[14][15].    

 

 

Fig.8. Weibull distribution. Heat Treated fibres (baseline) and HCl Treated fibres.
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Fig.9. Weibull distribution. Heat treated, APS treated with and without chemical treatment.

For the different two treatments using APS silane, 

we can see that the difference between both is small 

(Figure 7). The combination of the chemical 

treatment with HCl and APS can be confirmed that 

is not satisfactory. The strength increase is almost 

negligible. Regarding to the Weibull distribution 

(Figure 9), both Weibull modulus are lower than the 

one for only heat treated GFs, which confirm us that 

the flaw distribution is more irregular and therefore 

the silane doesn‟t heal the flaws. 

Using MPS two treatments have been applied as 

well. The average strength for the combination of 

HCl and MPS gave a higher average strength than 

the one for MPS. If we focus on the Weibull 

distribution shown on Figure 10, this average 

strength could be misleading. We can see two clear 

different parts for the values obtained. For lower 

strengths the values for MPS treatment are higher 

than the ones for HCl combined with MPS, but 

when the strength increases the opposite occurs, we 

start to have higher values for the combination of 

HCl and MPS. If we analyse the Weibull modulus, it 

tells us that the flaw distribution is more regular for 

the MPS treatment than the combination, but the R
2
 

curve fit value is not bad enough to make us think it 

has to be bimodal. 

In Figure 11 the comparison of the APS 1% and 

MPS 1% treatments are shown. The strength 

developed for the MPS treatment is higher than the 

one with the APS treatment (Figure 7). From the 

Weibull plot in Figure 17 we can see that at lower 

strengths, the values for MPS are higher than the 

ones for APS, but when the strength begins to 

increase both values become to be similar.  Feih et. 

al.[15] identified a threshold above it the silane 

doesn‟t affect the strength of the fibre. Comparing 

the Weibull modulus we can say that the flaw 

distribution for MPS GFs is more uniformly 

distributed, being the MPS Weibull modulus 

substantially higher than the APS one.  
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Fig.10. Weibull distribution. Heat treated, MPS treated with and without HCl treatment.

 

Fig.11. Weibull distribution. Heat treated, APS treated and MPS treated.
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be assume is practically the same. Focus on the data 

points; the values for the combination with MPS are 

always higher than the ones for the APS 

combination. It tells us that MPS combination has a 

better effect when healing the flaws. 

 

 

Fig.12. Weibull distribution. HCl treatment and combination with APS and MPS.

 

Once the Weibull distribution of different treatments 

has been explained, some typical SEM pictures of 

the different treated GFs are going to be analyzed. 

In Figures 13 and 14 we can see the typical 

appearance of heat treated GF. In Figure 14 a bump 

is shown, probably due to the heat treatment or the 

effect of the electrons through the remaining coated. 

The SEM picture of the heat treated fibre with the 

chemical treatment of 1 hour immersed in HCl 10%, 

is basically the same (Figure 15).  

 

 

 

Fig.13. SEM Picture. Heat Treated Fibre at 450
0
C for 25 

minutes. 
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Fig.14. SEM Picture. Heat Treated Fibre at 450
0
C for 25 

minutes with a bump. 

 

Fig.15. SEM Picture. Heat and HCl Treated Fibre. 

 

Fig.16. SEM Picture. Heat and MPS Treated Fibre. 

Comparing the APS and MPS treatments on heat 

treated GFs, silane deposition can be seen easily. 

The difference is that the deposition of the MPS 

apparently is more homogeneous in comparison with 

the deposition of APS (Figures 16 and 17).  

 

Fig.17. SEM Picture. Heat and APS Treated Fibre. 

For combinations of HCl and the silanes, Figures 18 

and 19 showed that the amount of MPS on treated 

fibre suface appears to be higher than that with APS. 

Comparing Figure 18 and 19 with Figure 16 and 17, 

HCl treatment prior to silanisation seems to increase 

MPS deposition on heat-treated GFs and appears to 

have an opposite effect on APS deposition. On the 

other hand, the combination of HCl and MPS 

treatment seems to leave a less homogenous surface 

coverage. This may explain the relatively low 

Weibull modulus compared to the one with only 

MPS treatment in Figure 10. 

 

Fig.18. SEM Picture. Heat, HCl and MPS Treated Fibre. 
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Fig.19. SEM Picture. Heat, HCl and APS Treated Fibre. 

6 Conclusions 

This paper presents our initial attempt at 

regenerating the strength thermally conditioned GFs. 

The results showed that using a simple silane 

treatment cannot recover the strength of conditioned 

GF.  

Based on the work by J. Baselga et.al. which showed 

the increase of the hydroxyl group (OH) in the GF 

surface after being immersed for a period of time in 

HCl, effect of APS on strength recovery  cannot be 

confirm and for MPS the results are slightly better. 

On the other hand we can confirm that the HCl has 

not got any etch effect as HF does, without any 

attack or reduction in the diameter of the GFs. 

Results showed that the commonly used silane APS, 

does not work well with and without HCl treatment, 

probably due to a bad reactivity performance with 

the heat treated GF surface.  

Regarding the MPS, it has more options of research. 

A higher average strength was for the combination 

of HCl and MPS, and the higher distribution shown 

in the Weibull plot in comparision with the MPS 

treatment make suggest that it has a good potential 

to be studied more in-depth. Once better 

combination is found, the strength could be 

substantially increased to the higher values of the 

Weibull plot, making the Weibull values higher 

what would be translate in an evenly distribution, a 

higher strength recover. 
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Abstract 

 

This paper introduces part of the results of the 

project called “Instrumentation with Multi-sensor for 

Composite Materials and structures (I2MC)” 

supported by RTRA STAE foundation. The main 

goal of the paper is to show the complementarities of 

different monitoring devices such as flexible 

ultrasonic transducers (FUT), micro-structured 

(MOF), and DTG
®
 optical fibers, in order to infer 

the initial state of the composite structure by 

determining the residual strains. The 

complementarities between FUT and optical fiber 

sensing are defined as follows. The FUT 

measurements cannot estimate the strain however 

can determine the time when the transfer between 

the composite material and the optical fiber is 

effective. The onset of the gelation and the 

corresponding transverse residual strains can be 

quantified by the MOF FBG. Combined with the 

measurements of DTGs
®
 embedded in capillaries, to 

avoid the influence on the measurement of 

transverse residual strains, a complete overview of 

the induced residual strains can be obtained. 

 

1 Introduction  

The project called “Instrumentation with Multi-

sensor for Composite Materials and structures 

(I2MC)” supported by RTRA STAE foundation 

(France) has gathered the expertise of research and 

industrial teams to study in-core instrumentation of 

composites structures by applying the Multi-

Instrumented Technological Evaluator toolbox 

(MITE toolbox) [1]. The overall objective of this 

study is to evaluate embedded sensors in a 

representative situation during the life cycle of a 

composite part. 

As part of this collaboration, we have proposed a 

multi-instrumentation set-up for monitoring a 

composite structure during its curing phase. The 

specific objective is to showcase the 

complementarity of different embedded devices such 

as flexible ultrasonic transducers (FUTs) [2], micro-

structured optical fibers (MOFs) based sensors [3] 

and draw tower gratings (DTG
®
s) fabricated in 

regular optical fibers, in order to infer the initial 

state of the composite structure by means of its 

residual strains. 

A set of FUTs is placed by pairs on either side of the 

composite plate in order to follow the evolution of 

the material through its thickness. The ultrasonic 

measurements reveal the physical state of the 

composite plies during curing through viscoelastic 

properties evolution. The time of flight and the 

attenuation are analyzed. The curing phases are 

identified with a unique signature beginning with the 

mold/composite coupling, passing through resin 

reticulation and finishing with composite 

consolidation. At this stage, no real-time monitoring 

has been implemented, but this could be achieved by 
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using the same hardware. These first measurements, 

and the processing used here do not give local 

information, but a mean value through the sample 

thickness. 

On one hand, in contrast to the method presented 

hereafter, the ultrasonic measurements cannot 

estimate the strain; however allow to monitor the 

beginning of the cure process. It indicates the time 

when the strain transfer between the composite 

material and the optical fibers is effectuated.  

On the other hand, we report on the use of a 

particular type of MOFs to study the cure cycle of 

the composite. This MOF has been designed so as to 

feature a much larger sensitivity to transverse strain 

than conventional birefringent fibers. Furthermore, 

the MOF features a very low sensitivity of the phase 

modal birefringence to temperature. 

The measurements with this specialty optical fiber 

are supported by the readings of DTG
®
 surrounded 

by a capillary to isolate them from transverse effects 

in the composite material [4]. DTGs
®
 are high-

strength fiber Bragg gratings (FBGs) featuring low 

bending losses [5], which make them excellent 

candidates for cure cycle monitoring.  

After introducing the different technologies used in 

this study, we elaborate on the complementarities of 

the different sensor technologies when used for cure 

cycle monitoring. We also provide an outlook on 

future research and applications opportunities. 

2 Materials and Methods 

2.1 The monitored composite part in autoclave 

The composite structure studied here is a M10/T300 

carbon-epoxy plate of 175 x 640 mm with two drop-

off zones as shown in Figure 1. The composite plate 

(called Double drop off evaluator) has three main 

zones of different thicknesses. First, the central zone 

is the “thinnest zone” with 20 plies of a quasi-

isotropic lay-up [0/45/0/-45/0/45/0/-45/0/90]s. 

Second on both sides, two “thicker zones” have 

respectively 36 plies with the lay-up 

[0/45/0/-45/0/45/0/-45/0/90/0/45/0/-45/0/45/0/-45]s 

and 52 plies with the lay-up 

[(90/0/0/90/0/45/0/-45/0/45/0/-45/0/90/0/45/0/-45/0/

45/0/-45/0/90/90/0]s. The drop-off zones are built 

with a 2.5 mm single latter step from the 11
th 

ply to 

the 26
th
 ply. This type of structure is representative 

for the design singularities currently found in 

transportation. 

All lay-up operations and embedding procedures are 

carried out manually in a gray-room, in order to 

preserve the electronic and optical characteristics of 

the embedded devices. Illustrations of these 

procedures are shown in Figure 2. 

The temperature profile presented in Figure 3 is the 

temperature recorded by a thermocouple placed on 

the composite surface. The three main stages of the 

cure cycle are indicated.  

The polymerization cycle begins at room 

temperature (25 ºC) with a 2 ºC/min heating slope up 

to 90 ºC. At this temperature, a dwell step of 45 min 

is defined. After that, the temperature rises with the 

same 2 ºC/min slope, to have a 120 ºC dwell for 

2 hrs. When the second plateau ends, the cooling 

phase is fixed with a -1 ºC/min slope to get back at 

room temperature. From the beginning of the cycle 

until the end of the first temperature plateau, 2 bar of 

pressure is applied. The pressure is subsequently 

increased to 5 bar until the end of the polymerization 

cycle. During the entire autoclave cycle, a vacuum 

of 0.9 bar is maintained. 

2.2 Multi-Instrumentation: flexible ultrasonic 

transducer (FUT) 

FUT principle 

The FUTs employed in this work are made of sol-gel 

sprayed piezoelectric composite films, and are able 

to work at high temperatures. The sol-gel sprayed 

film FUTs consist of a metal membrane, a 

piezoelectric composite film and a top electrode, as 

shown in Figure 4. The metal membrane can serve 

as bottom electrode, and the two electrodes define 

the active area of an FUT. Ultrasonic waves are 

generated by applying electric voltage across the two 

electrodes which sandwich the piezoelectric 

composite film, and then travel through successive 

layers of material and partially reflect on each 

interface. By receiving an electrical impulsion, the 

FUT produces an ultrasonic wave. 

The parameters of the ultrasonic wave after 

travelling are unique and depend only on the atomic 

composition and the physical state of each material 

[6, 7]. FUTs have been designed as 4-mm diameter 
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piezoelectric elements working around a central 

frequency of 5 MHz. 

Then, the stainless steel foil is cut in individual 

sensors of 12.7 mm length. The variations of the 

time of flight and amplitude of the echoes are related 

to the evolution of the viscoelastic properties of the 

material which are changing during the cure cycle, 

through phase transition and temperature. 

To operate with the FUTs, some adjustments are 

performed on the metallic mold (cf. Figure 4). With 

the aim to well separate the ultrasonic echoes 

reflected from the 15 mm thick Al mold and the 

ones from the composite plate. As shown in Figure 5 

and Figure 6, the thickness of the mold is increased. 

The position of the five FUTs target points are 

shown in Figure 7. 30 mm diameter holes were 

drilled into the mold to allow the insertion of steel 

rods with a 55 mm height, that are fixed with epoxy 

based glue. 

In this way, for each pair of FUTs, one is glued 

below the rod and the other is placed on the top side 

of the mold in contact with the composite plate. The 

top FUT assemblies are surrounded by a silicone 

pyramid of 115 x 55 x 15 mm
3
 (see Figure 4 and 

Figure 7). Such adaptation is conceived to leave a 

softer print on the composite plate when the pressure 

rises inside the autoclave. 

During the entire polymerization cycle, the FUTs are 

stimulated producing different echoes which travel 

through the thickness of the composite plate. A 

multichannel acquisition system drives them 

alternatively in emission/reception or in reception. 

The bottom FUTs are working in pulse-echo mode, 

the top FUTs are only recording, and vice versa.  In 

this work, only the echo signals, obtained by 

emitting with the FUTs on the mold’s side (the 

bottom FUTs), are treated (cf. Figure 5). The signal 

received at the corresponding bottom FUT is simple 

to interpret and to process. On the top side, the 1 mm 

thick Teflon sheet cannot efficiently prevent the 

ultrasound energy from propagating to the FUT 

holder (6 mm thick Al plate), so that multiple echoes 

in the Al plate are recorded. The signals obtained in 

this configuration (emission by the top FUTs) are 

difficult to exploit for direct cure monitoring of 

composite and need further processing to complete 

the results exposed hereafter. The high acquisition 

rate of the emission-reception electronic system 

allows to average the pulse-echo signal over 

50 realizations, and to record several averaged 

signals per minute. This sampling rate is fast enough 

to ensure a good resolution of the evolving 

properties. 

In the configuration shown in Figure 5, the echo 

labeled Lm+c generated by the bottom FUT, goes 

through the 55 mm steel rod and then through the 

composite sample, and is finally received by the top 

FUT. The echo labeled Lm+3c goes through the 

55 mm steel rod and after a round trip in the 

composite, it is received by the top FUT. The 

amplitude of this echo is weak in most of the cases. 

The echo labeled L2m goes through a 55 mm long 

steel rod, and is then reflected on the steel/composite 

interface, and will be received by the bottom FUT. 

The echo labeled L2m+2c generated by bottom FUT, 

goes through a 55 mm long steel rod and composite, 

is reflected on the interface between the composite 

and the top FUT, and is finally received by the 

bottom FUT. This one is too weak and does not 

exceed the noise level and so it cannot be followed 

along the complete cure cycle (cf. Figure 6). 

Only the echoes Lm+c and L2m mentioned in Figure 5 

can be easily detected all along the cycle and have 

been used for cure monitoring. 

FUT sensor configuration 

The assembly of flexible ultrasonic transducers 

(FUTs) mounted to monitor the polymerization 

through-the-thickness of the composite plate is 

shown in Figure 7.  

As shown in Figure 7, a pair of FUTs is placed 

respectively, at the center of the thick zone 

consisting of 52 plies, at the center and 55 mm 

below the central line of the plate of the current zone 

(of 20 plies), at the thick zone of 36 plies (50 mm 

after the end of the drop-off) and finally, at the thick 

zone (50 mm before the end of the plate). 

2.3 Multi-Instrumentation: fiber Bragg gratings 

FBG principle 

A Bragg grating (BG) is a periodic refractive index 

variation in the core of an optical fiber. When a 

broadband light spectrum is coupled into the fiber in 

which a Bragg grating is written, only a narrow part 

of the light spectrum will be back reflected (cf. 

Figure 8). The reflected spectrum is centred around 
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the Bragg-wavelength B  which is given by 

Equation 1: 

 2B effn    (1) 

in which effn  is the effective refractive index of the 

fiber at the position of the Bragg-grating, and   is 

the pitch of the Bragg-grating. Both parameters 

( effn ,  ) of the grating are strain and temperature 

dependent. The strain measurement principle is 

shown in Figure 8. 

For most FBGs written in single-mode optical fibers, 

the centre strain approximation can be used to 

determine the theoretical strain response. 

Considering the optical and mechanical Eigen-axes 

of an optical fiber the following relations as function 

of strain can be written by Equation 2: 

 

  (2) 

 

where 1’, 2’, 3’ are the principal strain 

components along the axes of the fiber’s coordinate 

system (cf. Figure 8). The sign '  is used to avoid 

confusion with the coordinate system corresponding 

to a single layer of a composite laminate. The strain 

components 4’, 5’ and 6’ are usually neglected in 

terms of the sensor response [8]. Further, in 

Equation (1), ΔλB is the Bragg peak wavelength 

shift, λB the initial mean Bragg peak wavelength, and 

p11 and p12 are the strain-optic coefficients. It is clear 

from Equation (1) that axial elongation 

(3’ > 0, 1’ = 2’ = -3’) or uniform compression 

(1’ = 2’ < 0) will cause the Bragg peak reflection to 

shift homogeneously to higher or lower 

wavelengths. 

However, an FBG embedded in a composite 

material will experience the complete strain field 

present in the composite material which makes it 

hard to distinguish between the transverse effects 

and the longitudinal effects occurring during 

complex loading situations and during the cure 

cycles. 

Therefore, [4] have proposed to use an FBG which 

is embedded in a capillary to isolate the longitudinal 

strains during curing. 

Capillary sensor 

The principle of an FBG in a capillary is shown in 

Figure 9; in this way a situation of pure axial stress 

is established. In this case, the transverse strain 

components are directly related to the axial strain 

component via the Poisson’s coefficient 

(1’ = 2’ = -3’). By substituting this into Equation 

2, the wavelength shifts in function of the axial 

strain are given by Equation 3: 

 B,2 ' B,1' 2 2
eff 12 eff 11 12 3'

B,2 ' B,1'

1 1
(1 )

2 2
n p n p p

 
 

 

   
     

 

  (3) 

Note that before sealing the capillary, the optical 

fiber is pre-strained inside the capillary by more or 

less 1000 µ. This enables the shielded FBG to 

measure compressive axial strain as well.  

The above makes the read-out very simple in case of 

a thermal stable environment which is not the case 

with cure cycle monitoring applications. Therefore, 

one should think of a temperature compensation for 

the wavelength shifts measured by the capillary 

sensor. In this case this is easily done by using the 

read-out of the different thermocouples embedded in 

the sample nearby the capillary sensors. However 

note that for very large or thick composites a 

temperature variation could exist which does not 

facilitate the temperature compensation. 

MOF sensor 

By using FBGs written in particular MOFs, 

temperature compensation can become obsolete. 

Therefore this type of sensor is as well used in this 

study. The parameter measured to have this 

temperature invariance is called the birefringence or 

peak wavelength separation (cf. Equation 4): 

 (4) 

This parameter is directly linked with strain 

variations solely occurring in the transverse 

direction of the fiber. This makes them 

complementary to the capillary sensor. 

With this new technology (MOF), the evolution of 

peak separation for the embedded FBG is shown and 

it allows qualitative indications of the appearance of 

transverse strains from the beginning of the cooling 

stage until composite consolidation. These 

transverse strains are directly linked with the 
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appearance of residual stresses within and between 

the composite plies.  

The cross-section of the MOF employed in this work 

and its initial spectrum are shown in Figure 10 [9]. 

The working of this MOF (Optical properties and 

strain calibration) is discussed more in detail by [10]. 

A cross sectional view of the embedded MOF is 

shown in Figure 11. The most sensitive direction of 

the MOF is oriented along the through the thickness 

direction of the material. It allows measuring very 

small strain differences during curing in the 

transverse direction. 

FBG embedded sensor configuration 

As discussed before DTG
®
 (in a capillary) and MOF 

fiber Bragg gratings are used to monitor strain 

evolutions during curing as shown in Figure 12. 

Three DTG
®
s sensors are placed respectively in the 

thick zone (DTG1), in the drop off (DTG2), and in 

the current zone (DTG3). All fibers are pre-

tensioned in the capillaries. The distance between 

the different FBGs is 50 mm.  

Two MOF FBGs are embedded; one in the middle of 

the current zone and one in the middle of the 52 

plies thick zone (cf. Figure 12). All FBG sensors are 

embedded along the reinforcement fibers of their 

layer respectively. For the DTGs, this means that 

they are embedded in between two 0° layers. For the 

MOF, this is in between the two 90° layers of the 

symmetry plane. 

3 Experimental results and discussion 

3.1 FUT results 

The time of flight and amplitude of the selected 

ultrasonic echoes are analyzed during the curing 

cycle. An example of a comparison of the evolution 

of these acoustic properties with the temperature 

measurement given by a thermocouple (called TC4) 

placed close to the studied zone is illustrated in 

Figure 13. The corresponding FUTs are operating on 

both sides of the 20 carbon-epoxy plies zone. The 

time of flight and the temperature have similar 

evolutions, in accordance with the autoclave settings. 

The variations of the time delay of the echoes 

traveling through the mold are used to correct the 

influence of temperature variations of the Al mold in 

the autoclave. 

Figure 14 shows the evolutions of the time of flight 

and of the attenuation during the curing process. 

Five distinguishable phases are indicated with Si 

(i = 0 to 4). 

S0 corresponds to the phase when the temperature 

increases from room temperature (RT) to a little 

above RT and when the resin becomes soft and the 

prepregs conform better to metal mold thanks to the 

increase of pressure. The time of flight through the 

prepregs decreases and more ultrasound energy goes 

through the prepregs (better coupling between 

sensors and composite part, and melting of 

interfaces between the prepregs). S1 is the phase 

when temperature continues to increase up to 90 °C, 

the viscosity of the matrix decreases, and hence the 

sound velocity decreases and the time of delay 

increases. This delay increment is caused by a partial 

melting of the resin causing an irregularly 

impregnation of the fibers. At the beginning of this 

stage, ultrasonic attenuation in the composite 

increases with the temperature until reaching P1 

when matrix is melt, and then decreases with the 

temperature. S2 relates to the phase when 

temperature is kept constant at 90 °C. The time of 

flight (ultrasound velocity) was expected to be 

nearly constant, but actually decreases because the 

viscosity of the matrix increases [11]. Such 

temperature plateau is used to ensure a homogenous 

melting of the composite and constant temperature 

does not mean that the material is at rest. More tests 

should be carried out, for example with only resin 

curing, to verify this phenomenon. S3 is the phase 

when temperature increases from 90 °C to 120 °C 

and when the cure reaction happens. The attenuation 

reaches a maximum at the Gel Point, and then drops 

dramatically during the development of gelation. 

The last phase S4 corresponds to the cooling down 

from 120 °C to RT, the time of flight decreases 

(sound velocity increases) together with the 

attenuation tending to final properties. 

As Figure 14 shows, monitoring the time of flight 

and the attenuation of the echoes allows reliably 

inferring the initial state of composite plates during 

their manufacturing. FUTs are capable to acquire 

and to transmit qualitative information of the 

physical phenomena happening during the 

composite curing cycle. 

The curing phases are identified with a unique 

signature beginning with the mold-composite 
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coupling, passing through resin reticulation and 

finishing with the composite consolidation. With 

these recognizable signatures, the feasibility of using 

FUTs to estimate the composite polymerization 

evolution is proven. 

The different steps in the production process can be 

clearly plotted by FUTs; however it is also interested 

to have an accurate quantitative measure of the 

residual strain. Therefore, in this work we chose 

optical fibers as complementary instrumentation. 

3.2 FBG results 

Owing to the results obtained with the FUTs, we can 

distinguish two main phases in the curing cycle. The 

first stage is where the composite does not exist yet 

meaning that the optical fiber and the reinforcement 

fibers are not captured by the resin. In the second 

stage, the composite exists and we can follow up the 

residual strains which are built up in the composite 

material. In Figure 15, the results are shown of the 

measurements done with the MOF FBGs. The 

wavelength shifts of both peaks of the FBG are 

shown in red and black. The main driver of this shift 

is the temperature. However by analyzing 

Equation 4, we know that the peak separation (in 

green) is only driven by the strain induced in the 

sensor. Therefore, it gives a clear idea on when 

residual strains are built up e.g.; the onset of residual 

strain by chemical shrinkage corresponds with the 

measurements done with the FUTs. A peak 

separation is about 22 pm which corresponds to a 

macroscopic compressive transverse strain 

difference measured by the MOF of about -130 µ. 

It is shown that most of the residual strains in the 

transverse direction are induced during the cooling 

down phase of the cure cycle. This is essentially 

caused by the difference in thermal expansion 

coefficient between the matrix of the composite and 

the reinforcement fibers. 

A different evolution of the wavelength shift (axial 

strains) is seen for the DTGs
®
 surrounded with a 

capillary (cf. Figure 16). The measurements from the 

FUTs tell us that we should ignore the effects seen 

before the 125
th
 minute of the cure cycle, since the 

composite does not exist. However, we should 

mention that the initiation of the polymerization 

phase is a grey zone in which the effects are difficult 

to explain. When analyzing the curves it is seen that 

all FBGs are loaded in compression. More or less 

equal axial strains are measured by the three FBGs 

(about -130 µ). Differences can be caused by the 

different lay-ups at the position of the FBGs (thick, 

thin, drop-off zone) or can as well be caused by the 

variability which exists in the composite material 

(stacking uncertainty, fiber volume fraction …). 

Note that all the measurements were temperature 

compensated using the temperature data of the 

thermocouple (called TC4) which is the closest to 

the different DTGs
®
. 

4 Conclusion 

In this paper, we have addressed and demonstrated 

an added value of using embedded and more 

generally, complementary instrumentations. Beyond 

the difficulty involved by the autoclave environment, 

the challenge is to follow the physical state of 

composite parts during their forming process. 

Ultrasonic measurement using FUTs allow to follow 

clearly the different stages of the cycle. These 

measurements can be used to determine the point in 

the cure cycle at which strain transfer to the optical 

fiber sensor is plausible. During curing of thick 

composite parts or with changing lay-up, high 

temperature variations can exist in the material 

which makes it difficult to correct for temperature 

effects of the used sensors. At this stage of 

development, the mold properties variations with 

temperature have been corrected but the FUT 

efficiency has been shown. Ultrasonic sensor 

capabilities have not been fully exploited in real 

time. Monitoring of acquisition would be helpful, 

and the physical modeling of acoustic properties 

variations would allow quantifying the key 

parameters of physical constitutive law. Various 

sensor configurations can be designed, especially to 

record the birth of shear waves at gel point. 

Furthermore, instrumented mold is compatible with 

industrial production constrains. 

Therefore, it is shown that the use of temperature 

independent parameters is essential. In this paper, 

we have shown that the peak separation or 

birefringence of a particular MOF FBG meets this 

requirement. Even the onset of the gelation and the 

corresponding transverse residual strains measured 

by the MOF FBG could be quantified. 

Combined with the measurements of DTGs
®
 

embedded in capillaries to avoid the influence on the 

measurement of transverse residual strains a 
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complete overview of the induced residual strains 

can be obtained. 

The main potential of being able to quantify the 

initial state (by measuring the induced residual 

strains) of a composite part is that a more reliable 

prediction of the service life could be provided in the 

future. 

 

 

 

 

 

 

 

 

 

Fig.1. Schematic of the composite part made to 

monitor the cure cycle. 

 

 

 

Fig.2. Double drop off evaluator (several stages 

during the lay-up phase). 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.3. Cure cycle used in this study. 
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Fig.4. Five pairs of FUTs and their adjustments to 

allow the operation for the studied CFRP part. 

 
Fig.5. Signals generated by a bottom FUT. 

 

 

Fig.6. Signals versus time with echoes obtained from 

configurations generated by a bottom FUT. 

 

Fig.7. View of the location of the five pairs of FUTs 

on the studied CFRP part. 
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Fig.8. Strain measurement principle of a FBG. 

 

 

Fig.9. FBG in a capillary shielded from transverse 

stress, principle (top) and during lay-up (bottom). 
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Fig.10. SEM of a MOF cross-section (left) and BG 

spectrum with the peak separation  (right). 
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Fig.11. Cross-section of the embedded MOF in the 

composite structure. 

 

 

 

 

 

 

 

 

 

 

Fig.12. Optical Fiber network embedded in the 

studied CFRP part (capillaries in the thick zone 

(FBG1), in the drop off zone (FBG2), and in the thin 

zone (FBG3). 

 

 

 

 

 

 

 

 

 

 

Fig.13. FUT signal (L2m echo) and the temperature 

(Thermocouple TC4 in the current zone) versus time. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.14. TOF and attenuation evolutions in the 

studied CFRP part with V value [Unitless], 

L2mTOF [ms] = 0.02*V+19.2, 

TOF in composite [ms] = 0.2*V+2.2, 

attenuation [dB] = 4*V-12, TC4 [°C] = 10*V+15, 

pressure = 0.45*V. 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.15. Measurement curves (from MOF FBG and 

FUT) during the cure cycle of the composite part. 
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Fig.16. Strain shifts measured by the DTG

®
s 

surrounded with no transverse strains effect thanks 

to capillaries with: in the thick zone (FBG1), in the 

drop off (FBG2), and in the thin zone (FBG3). 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

 

Thermoplastic composite materials are available in 

many forms and are produced by using a variety of 

manufacturing methods. One of these methods is the 

stamp-forming. It consists in stamping a preheated 

flat laminate (or blank) between two heated mold 

halves defining the part geometry. The modeling of 

the stamp-forming of thermoplastic composites 

involves three necessary steps: i) the first step is to 

determine the deformation mechanisms during the 

forming process; ii) the second step is to develop or 

identify a mathematical model that can take into 

account these mechanisms; iii) the third step is to 

identify the parameters of the model using different 

characterization tests performed following standard 

tests or from recognized approach. 

2 Modeling and characterization tests 

2.1 Mechanisms of deformations during the forming 

The mechanisms of deformations in stamp-forming 

can be split into several ones such as intra-ply, inter-

ply and out-of-plane mechanisms [1] as shown in 

Figure 1. 

 

 

 
 

Fig. 1. Primary mechanisms of deformations [1] 

 

 

2.2 Mathematical model 

For modeling fabrics impregnated by a viscous fluid, 

a mathematical model was proposed by Spencer [2]. 

This model can be used for composites reinforced by 

two families of fibers. In this model, the Cauchy 

stress tensor of a Fabric Reinforced Viscous Fluid 

(FRVF) with two directions of reinforcement has the 

following form [2]: 

 

   

 

1

2 3

4

2 2

2 2

2

a bp T T  

 



       

    

 T

σ I A B D A.D D.A

B.D D.B C.D D.C

C .D D.C

 
 

(1) 

where 1 2 3 4, , , ,      are viscosities, D  the rate of 

deformation tensor, p the pressure, aT  and bT  the 

tensions of fibers respectively in directions a and b 

(fiber directions), and F the deformation gradient. 

The viscosities are in general functions of a and b 

which in turns are related to the angle 2 between 

the two fiber directions by;  

cos2a.b , (2) 

The tensors A, B and C are given by:  

, , ,       T
A a a B b b C a b C b a

 (3) 

or under following index forms: 

, , , T
ij i j ij i j ij i j ij i jA a a B b b C a b C b a   

 

(4) 
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where the symbol   stands for the tensor product, 
the superscript T denotes the transpose and a, b 

denote the actual fiber directions related to the initial 

directions 0a  and 0b  by 

0 0a = F.a b = F.b
 

(5) 

For unidirectional (UD) composites, Eq (1) reduces 

to the following formula: 

 12 2ap T      σ I A D A.D+D.A  (6) 

for which T   and 1 L T     with L  and T  

representing the longitudinal and transverse 

viscosities respectively. This formulation for 

unidirectional composites is called the Ideal Fibre 

Reinforced Newtonian fluid Model (IFRM) in the 

literature. 

2.3 Material characterization and identification of 

material parameters 

To obtain the model parameters, laminates made of 

unidirectional PEEK-carbon CETEX TC1200 

lamina from TenCate have been used. The 

parameters of the material model must be 

determined by a series of experimental tests of 

characterization and identification procedure (for 

example, fitting method). Aniform™ the finite 

element software for composite forming, needs four 

kinds of material properties: (i) the modulus of 

elasticity of fibers, (ii) the mechanical behaviour of 

the matrix (iii) the friction coefficient between a ply 

and the tool surface and in between two plies and 

(iv) the bending parameters. To gather these 

properties it is necessary to perform four kinds of 

experiments: (i) intra-ply shear tests, (ii) tool-ply 

friction tests, (iii) ply-ply friction tests and (iv) 

bending tests [3,5] schematically presented in Figure 

2. 

 

 
 

Fig. 2. Local forming mechanisms for UD reinforced plies 

[5] 

 

2.3.1 Intra-ply shear test 

Different tests can be used to characterise the 

intra-ply shear, namely bias-extension and picture-

frame (or trellis frame) for bidirectional composites 

and the torsional test with a rheometer for 

unidirectional composites (Figure 3 and Figure 4). 

These test methods can be used to determine the 

transverse and longitudinal viscosities, respectively 

T and L (according to fibers directions) of 

unidirectional reinforced plies at temperature over 

the melting temperature of the resin [3]. 

 

 
Fig. 3. Left: Torsion specimen and fixtures. Right: 

Commercial rheometer [5] 
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Fig. 4. Left and center, axial intra-ply shear; right, 

transverse intra-ply shear [4] 

 

 

Some results of torsion tests on a laminate made of 

unidirectional PEEK/Carbon plies are presented by 

Haanappel [5]. In his study, only the longitudinal 

viscosity was determined at high temperature (L = 

300 kPa-s at 390°C). The transverse viscosity was 

missing due to the deconsolidation of the sample at 

high temperature. 

For the simulation with Aniform
TM

, it will be 

supposed that either the transverse viscosity is the 

same as the longitudinal viscosity (in this case, the 

fiber-matrix interactions are not taken into account) 

or the longitudinal viscosity is double the value of 

the transverse viscosity (in this case, the fiber-matrix 

interactions are taken into account) (Table 1). 

 

Table 1. Parameters from intra-ply mechanisms 

 

Case 1 Case 2 

      L  300 kPa-s       L  600 kPa-s 

      T  300 kPa-s       T  300 kPa-s 

 

 

2.3.2 Tool-ply and ply-ply friction tests 

Different set-ups for the characterization of tool-ply 

and ply-ply friction have been developed by several 

research groups [3]. For the friction characterization, 

the set-up from ThermoPlastic Research Center 

(TPRC) in the Netherlands is used (Figure 5). 

 

 

Fig. 5. Left: Tool-ply characterization set-up. Right: 

Schematic response that was typically observed [5] 

A specimen with typical dimensions of 50x200 mm 

was used. The friction coefficient is determined by 

the following equation:  

2

p

n

F

F
 

 (7) 

where Fp is the test force and Fn is the normal force. 

2.3.2.1 Results for tool-ply friction test 

For the tool-ply friction, three velocities were 

considered (U=20mm/min, U=100mm/min and 

U=500mm/min). The applied pressure was 10kPa 

and the temperature was set at 400°C. Each test was 

repeated three (3) times using Marbocote release 

agent (a semi-permanent mould release agent used in 

most composite manufacturing processes) on the 

tool surface. Typical friction coefficients are shown 

in Figures 6 to 8. 

 

 

Fig. 6. Friction coefficient (P=10kPa, U=100mm/min and 

T=400°C) 
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Fig. 7. Friction coefficient (P=10kPa, U=500mm/min and 

T=400°C) 

 

 

Fig. 8. Friction coefficient (P=10kPa, U=20mm/min and 

T=400°C) 

2.3.2.2 Results for ply-ply friction test 

For the ply-ply friction (for a 0/90 interface), three 

velocities were considered (U=20mm/min, 

U=100mm/min and U=500mm/min). The pressure 

was 10kPa and the temperature was set at 400°C. 

Each test was repeated three (3) times. Figures 9 to 

11 show typical test results. 

 

 
 
Fig. 9. Friction coefficient (P=10kPa, U=100mm/min and 

T=400°C) 

 

 
 

Fig. 10. Friction coefficient (P=10kPa, U=500mm/min 

and T=400°C) 

 

 

 
 

Fig. 11. Friction coefficient (P=10kPa, U=20mm/min and 

T=400°C) 
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2.3.4 Bending test 

For DKT Kirchoff shell element, to improve the 

simulation results in Aniform™ [6] in terms of 

bending, bending test must be carried out. Two 

different types of bending test were performed as 

explained below. 

 

2.3.4.1 Three (3) point bending test 

Three (3) point bending test was carried out 

using Dynamic Mechanical Analysis (DMA) 

machine. The tests were performed at 340°C near 

the melting temperature of PEEK for the 

unidirectional specimen. Typical results are shown 

in Figure 12. 

 

 

Fig. 12. Three (3) point bending test performed in DMA 

at 340°C 

 

The flexion modulus was obtained by combining the 

storage and loss moduli using the following 

relationship:  

 

   

 

*

* 2 2

tan

E E iE

E Norm E sqrt E E

E

E



   


   


 
 

 

(8) 

where :  

E :   flexion modulus  

E’:   Storage modulus 

E’’:  Loss modulus 

tan (δ) : Damping factor (or loss factor) 

 

2.3.4.1 Bending test  

A bending test performed at TPRC was carried out 

using a Rheometer (Figure 3 and Figure 13) at 400 

°C. 

 

Fig. 13. Bending fixture in a standard rheometer [5] 

 

In this test [7], the temperature was fixed at 400 °C 

and the two (2) different types of velocity were used 

(1 rpm and 10 rpm) for 8 plies and 4 plies. Each test 

was repeated three (3) times with sample of size 35 

mm X 25 mm. Figures 14 to 17 show the test results. 
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Fig. 14. Bending test (8 plies and 1 rpm) 

 

 
 

Fig. 15. Bending test (8 plies and 10 rpm) 

 

 

Fig. 16. Bending test (4 plies and 1 rpm) 

 

 

 

 

Fig. 17. Bending test (4 plies and 10 rpm) 

 

 

3 Forming simulation on Aniform™ [6] 

A forming simulation was carried out with the mold 

and cavity designed by the Université du Québec à 

Trois-Rivières (UQTR) using the parameters of the 

material model obtained from the characterization 

tests presented above. For the simulation, the 

laminate was composed of 24 layers ([0/90]12) of  

CETEX TC1200 unidirectional PEEK-carbon 

(dimension 240 mm X 160 mm). Figures 18 and 19 

show respectively the finite element mesh of the 

model (punch and cavity) including the laminate and 

the deformed laminate after running the program. 

Parameters for simulation below are available in 

Table 1 and Table 2. 

 

Table 2. Parameters from inter-ply and out-of-plane 

mechanisms 

Tool-ply 

contact 

Ply-ply contact Bending 

     2     0.9     E 19393 

MPa 

       4 kPa-s       0.329 
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Fig. 18. Punch, cavity and composite laminate 

before forming. 

 

 

Fig. 19. Punch, cavity and composite laminate 

after forming. 

 

The thickness distribution of one layer can be 

obtained from the simulation as shown in Figures 20 

to 22. 

 

 

Fig. 20. Thickness evolution for layer 1 at the 

end of simulation on line Y= 0 mm. 

 

 

Fig. 21. Thickness evolution for layer 1 at the 

end of simulation on line Y= -40 mm. 
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Fig. 22. Thickness evolution for layer 1 at the 

end of simulation on line Y= +40 mm. 

 

 

 

4 Conclusion and outlook 

 To characterize the composite material, one 

needs to take into account the intra-ply, 

inter-ply and out-of-ply mechanisms of 

deformation. 

 The simulation in Aniform works well with 

the parameters measured from the 

characterization tests. 

 The material parameters will be validated by 

comparing numerical simulations and 

stamp-forming experimental results. 
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1 Ultraviolet Light Surface Treatment  
 
Carbon fibers require surface treatment in order to 
establish suitable adhesion to polymeric matrices.  In 
general, the surface treatments are oxidative 
processes and can be carried out in either liquid 
phase or gas phase. Three major methods are 
currently practiced by carbon fiber manufactures: 1. 
anodic oxidation, a wet process where solution 
concentration and amperage must be maintained; 2. 
exposure to ozone gas at elevated temperature; and 
3. treatment in caustic solutions such as nitric acid.  
Surface treatments result in improved fiber-matrix 
shear properties through a two part mechanism.  
First, a weak, defect-laden outer layer is removed 
from the surface of the fiber which generates a 
stronger surface to sustain shear loading.  The 
second contribution of surface treatments is the 
deposition of chemical functionalities, most notably 
oxygen containing moieties that improve wetting 
and bonding between the fiber and matrix [1]. 
 
This work describes the use of ultraviolet (UV) light 
in the presence of ozone (UVO) as a method for 
treating graphitic surfaces, a technique which has 
been successfully applied for the surface treatment 
of many polymer materials (2-5).  UVO treatment 
involves several complimentary processes to 
potentially oxidize a surface.  First, photons with 
wavelengths of less than 300 nm have sufficient 
energy to break many chemical bonds forming 
radicals on the surface which are then available to 
react with oxygen (see Table 1). Second, UV 
photons with wavelengths of 254 nm have sufficient 
energy to disassociate ozone into atomic oxygen, a 
highly reactive species, which can oxidize the 
surface.  Additionally, UV photons with  
 

 
wavelengths of 185 nm can disassociate oxygen to 
form atomic oxygen which is a very reactive species 
capable of oxidizing many materials. 
 
The use of ultraviolet (UV) light in the presence of 
ozone (UVO) has been investigated as a method for 
treating carbon fibers [6,7].  In our previous work, 
data was presented on carbon fibers that were treated 
on a batch basis [8-11]. Tows were wound on a quart 
frame placed in a chamber that was flushed with 700 
ppm ozone while irradiated with a 300 watt pulsed 
xenon UV spiral lamp for various periods.  This 
batch processing yielded small amounts of treated 
tows, typically 1 -2 linear feet.     
 
Since then a continuous UVO treatment line has 
been assembled that provides much greater amounts 
of fiber that allow for enhanced characterization 
such as BET and tow weight loss analysis. A 
comprehensive array of tests have been conducted to 
characterize fiber surface properties, tensile strength, 
interfacial adhesion, and unidirectional composite 
properties.  

2 Materials and Experimental 

Carbon fibers from 2 different precursors were 
obtained from their manufacturer in their “as 
received” state without any surface treatment.  AU4 
(Hexcel Corporation, Stamford, CT) is derived from 
polyacrylonitrile (PAN), with a tensile modulus of 
228 GPa.  For comparative purposes, values for AS4 
are included, the analog to AU4 that has been given 
an anodic oxidative surface treatment by the 
manufacturer.  The other fiber evaluated in this 
study was derived from coal tar pitch (PITCH), 
Dialead K63712 (Mitsubishi Plastics Inc., Tokyo, 
Japan), and has a modulus of 634 GPa.  The Dialead 
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has a wagon wheel structure of graphitic ribbons in a 
radial array shown in Fig 1.  

The continuous UVO treatment system at MSU 
consists of two 30 inch xenon flash lamps connected 
in series. A fiber unwinder-rewinder handling 
system passes the tow through the treatment 
chamber with minimal tension. The fibers are 
maintained at a distance of 2 cm from the flash 
lamps.  UVO exposure time is controlled by 
changing the line speed.  The production yield of 
this pilot scale system for 12k tow treated for 90s is 
approximately 100-150 grams per hour, depending 
on the fiber density. 

An advantage of using pulsed lamps is their 
emission of high peak energy light pulses of short 
duration. Compared to continuous xenon lamps, 
pulsed xenon lamps have substantially greater 
emission in the 150-250 nm range, shown in Fig 2.  
The higher energy output of the pulsed lamps is 
capable of breaking many chemical bonds outlined 
in Table 1.  The energetic ultraviolet light can 
directly interact with the fiber surface to disrupt and 
change chemical bonds creating favorable conditions 
to react with the gaseous oxygen radicals.  The result 
of the UVO process is the rapid oxygenation of the 
carbon fiber surface and an increase in surface 
energy which is beneficial to fiber wetting by the 
matrix and enhanced fiber-matrix bonding.   

To evaluate the effect of UVO treatments on fiber 
mechanical properties, tensile strength 
measurements were conducted on single filaments 
following UVO treatment.  The test method was in 
general compliance with ASTM D3379, now retired.  
Samples were tested on an electromechanical screw 
drive unit fitted with a 500 gram load cell (United 
Testing Systems Inc.. Huntington Beach, CA).  A 
fiber gage length of two inches was tested at 0.05 
inches per minute to failure. A minimum of 20 
filaments were tested to determine the mean tensile 
strength of “as received” and UVO treated fibers.  

Changes in surface chemistry as a function of UVO 
treatments were evaluated using x-ray photoelectron 
spectroscopy (XPS).  XPS measurements were 
performed using a 5400 ESCA work station 
(Physical Electronics Inc., Chanhassen, MN). X-Ray 
photons were generated from a polychromatic Mg 
anode (1254 eV). The analyzer was operated in the 

fixed energy mode employing a pass energy of 89.45 
eV for survey scans and 17.9 eV for utility scans. 

Carbon fiber surface area as a function of UVO 
treatment time was measured by the BET method 
using krypton gas as the adsorbate.   Measurements 
were collected on a Micromeritics 2020 
phsyisorption analyzer (Micromeritics Instrument 
Corporation, Norcross, GA).  Prior to BET analysis 
the samples were vacuum degassed at 100 oC for ~4 
hours and cooled to room temperature. 
Approximately 1 gram of carbon fiber was measured 
on two individual samples to obtain an average 
value of the surface area as a function of UVO 
treatment time.   

Raman spectroscopy was used to characterize 
changes in the near-surface graphitic order generated 
by the UVO treatment. A LabRAM ARAMIS 
(Horiba Scientific, Edison, NJ) confocal Raman 
microscope was used to acquire the spectra utilizing 
a 532.15 nm Nd-YAG laser as the source 
illumination. The incident beam was focused 
through a 50x objective to produce a spot size on the 
apex of a fiber approximately 2 µm in diameter. The 
backscattered Raman signal was resolved using an 
1800 gr/mm diffraction grating and collected in 5 
second exposures; 25 exposures were averaged to 
produce a spectrum. Three fibers per treatment 
condition were scanned. Subsequent data analysis 
was performed using LabSpec 5 (Horiba Scientific) 
and consisted of a polynomial baseline correction 
followed by Lorentzian peak fit and area integration. 

The effect of UVO treatment on interfacial adhesion 
was evaluated with the single fiber fragmentation 
test.  This test provides a sensitive means to quantify 
the interfacial shear strength of continuous fibers in 
a polymeric matrix.  For this research, a simple 
DGEBA epoxy cured at stoichiometry with meta-
phenylene diamine was used as the polymeric 
matrix. A schedule of 2 h at 75 °C followed by 2 h at 
125 °C was used to process the single fiber 
fragmentation coupons.  The embedded fiber 
diameters were measured using an optical 
microscope fitted with a video caliper. Details for 
conducting this test can be found elsewhere [1]. 
Seven to 10 fragmentation coupons of each fiber 
type were averaged to calculate a mean value of the 
interfacial shear strength.   
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UVO treated fibers from the continuous treatment 
line were impregnated with epoxy resin on a drum 
winder to fabricate unidirectional prepreg.  The resin 
was the same as used for the fragmentation test, 
Epon 828 with 1,3meta-phenylene diamine.  The 
prepregs were consolidated to 12 ply unidirectional 
composites processed by standard autoclave 
techniques at 100 psi using the same thermal cure 
schedule employed to make the fragmentation 
coupons.  Two fiber-matrix adhesion dominated 
tests were conducted on the composites, namely 3-
point shear and 90o-flexural strength. 

The findings presented here are the most 
comprehensive collection of data on UVO treated 
carbon fibers.  The effect of UVO treatments on 
fibers surface chemistry and structure, fiber tensile 
strength, interfacial adhesion and ultimately, 
composite performance, are presented. 

3.0 Results 
 
Previous Work 
 
Previously, the effect of UVO treatments on PAN-
based AU4 carbon fiber were explored by the MSU 
team using a 300W pulsed spiral flash lamp (6-11). 
In one set of experiments the treatment chamber was 
flushed with 700 ppm ozone during the UV 
irradiation, and treatments times ranged from 5 
seconds to 10 minutes.   
 
The surface of the untreated “as received” AU4 
fibers possessed an O/C of 0.02. Following just 5 
seconds of exposure to a UVO treatment this ratio 
increased to 0.12 (Fig 3), a tremendous level of 
oxygen uptake in a brief time. The fibers continued 
to oxidize with UVO treatment times of up to 90s 
where  a plateau was reached with an O/C atomic 
ratio of 0.22. Following a UVO treatment of 10 
minutes, the O/C atomic ratio increased to 0.27. The 
observed levels of surface oxidation go well beyond 
what is expected for a graphitic surface, where only 
the edge groups are considered vulnerable to 
oxidative attack.  
 
The AU4 fibers were also treated for the same time 
periods using UV only without supplemental ozone 
gas.  After 60 seconds, the O/C ratio increased to 
0.05 for the UV treated AU4 fiber, well below the 

same fiber treated for just 5 seconds when 
supplemental ozone is used.   
 
Similarly, AU4 fibers treated at room temperature 
with 700 ppm ozone without UV light resulted in 
substantially lower amounts of surface oxidation 
than fibers treated to a combination of ozone and 
UV.  After 60s exposure the ozone treated fiber O/C 
ratio was 0.06, similar to the fiber subjected to only 
UV irradiation for the same time. The combination 
of energetic ultraviolet light in the presence of small 
amounts of supplemental ozone produced the most 
rapid uptake of surface oxygen.      

In our previous studies using the 300W spiral lamp, 
we documented that there is no loss in carbon fiber 
tensile strength for UVO treatment time of 60 
seconds.  Although the scatter in tensile strength is 
characteristically large for these fibers, the results 
confirm that under the UVO condition employed in 
our previous studies the fiber tensile strength was 
not adversely affected and may have benefited from 
treatment.  

Following UVO treatment we previously reported an 
increase in the fiber surface roughness measured 
using atomic force and scanning tunneling 
microscopy.  Surface roughness increased with 
longer UVO treatment times. These results show 
that the UVO treatment is affecting the graphitic 
surface of the fiber, perhaps by erosion of the outer-
most graphitic layers. 

Our previous research documented the increase in 
interfacial shear strength for fibers that were UVO 
treated. Using the single fiber fragmentation test, the 
interfacial shear strengths of the PAN and Pitch 
fibers with the epoxy matrix exhibited significant 
improvement following UVO treatment, see Fig 4.  
The interfacial shear strength of AU4+UV-Ozone 
was more than twice the baseline AU4 system.  
Furthermore, the interfacial shear strength of the 
AU4+UVO system was greater than the value 
attained for the commercially treated AS4 system. 
As expected the IFSS for the high modulus as 
received Pitch fiber, 5.67 MPa, is much lower 
relative to the PAN fibers.  However, after UVO 
treatment, the IFSS increased nearly 400% to 27.89 
MPa, surpassing the commercially treated PAN AS4 
fiber.   
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Current Work 

The development and implementation of the MSU 
continuous fiber treatment line allows large amounts 
of UVO-treated fiber to be generated.  This provides 
the opportunity to investigate properties that could 
not be evaluated on the small amounts of product 
produced by the UVO batch process. Properties of 
fibers treated on the continuous UVO line are 
investigated and compared to previously reported 
data collected on fibers treated in the batch chamber. 

Surface Chemistry 

The AU4 fiber following 90s of UVO treatment on 
the dual lamp continuous fiber treatment line 
increased surface oxidation from 2 atomic percent to 
14.2 atomic percent, which corresponds at O/C ratio 
of 0.021 to 0.179.  This is lower than the level of 
oxidation found for AU4 treated in the batch mode 
using the 300W lamp system, see Fig 5.  For batch 
treatment, fibers tows were manually spread on a 
frame, ensuring that all fibers in the tow receive 
exposure to the UV radiation.  In the new continuous 
treatment line the tow is not dispersed to the same 
degree, and it is likely that there is shadowing of 
interior fibers preventing the same level of UV 
exposure. As a consequence there is lower average 
surface oxidation of the tow. 

The pitch Dialead K63712 exhibited an increase in 
surface oxygen concentration form 2.6% in the as 
received condition to 5.7% after 90 s of UVO 
treatment, a 120% increase. The highly graphitic 
pitch fibers continue to exhibit an increase in surface 
oxidation for UVO treatment times of 180s. The 
highly ordered pitch fibers will have fewer lattice 
edges compared to the AU4 fibers, resulting in less 
opportunity for oxidation of the fiber surface by the 
UVO treatment.   

Surface Morphology 

Raman spectroscopy was used to evaluate the 
surface structure of the UVO treated Dialead fiber. 
The in-plane stretching vibrations of the sp2-carbon 
in a graphene layer generate a Raman band centered 
at 1580 cm-1. A perfectly ordered graphite crystal 
will exhibit only this band (the G band) in the first 
order region of 1100-1800 cm-1. As defects and 
disorder in a graphitic material increase, new bands 
will appear at 1350, 1500 and 1620 cm-1. The band 
at 1350 cm-1 is termed the D band in recognition of 

its appearance as defects increase in graphitic 
materials [12]. The integrated intensities of the G 
and D bands can be used to calculate a disorder ratio 
in the form of A[1350]/(A[1350]+A[1580]). The first-order 
Raman spectra of the untreated and UVO treated 
Dialead K63712 fibers displayed well-defined D and 
G peaks nominally located at 1350 cm-1 and 1580 
cm-1, respectively. The disorder ratio of the fibers 
increased monotonically with treatment time [Fig. 6] 
and reached a plateau at 90s UVO treatment.  These 
results show that the UVO treatment is disrupting 
the fiber surface.  

The BET surface area measured by krypton 
adsorption increased nearly 50% for the AU4 fiber 
following UVO treatment, from 0.42 m2/g for the as 
received fiber to 0.62 m2/g after 90s of treatment, 
see Fig. 7.  In comparison, the Dialead K63712 
surface area increased 20% following 90s UVO 
treatment and 35% following 180s.  The more rapid 
increase in surface area of the AU4 fibers is due to 
the greater number of edge sites available for 
reaction than the highly ordered pitch fiber.  

Also measured was the mass of 8 foot length 
sections of K63712 fiber following UVO treatment.  
As shown in Fig 8, the fibers exhibited a weight loss 
following UVO treatment.  Based on an average 
fiber diameter of 11 um, the estimated rate of 
diameter reduction is approximately 20 nm per 
minute using the UVO treatment settings utilized in 
this study.  Fig 8 shows the  fiber diameters 
measured on the single fiber tensile specimens.  A 
simple regression analysis gives a diameter 
reduction rate of ~150 nm per minute of UVO 
treatment, an order of magnitude greater than the 
reduction predicted by mass loss. One plausible 
explanation is that the fibers harvested for tensile 
testing typically come from the outside of the 
bundle.  Fibers that are positioned in the bundle 
interior are not readily removed in sufficient lengths 
for testing.  It is likely that the outer fibers receive 
more UVO treatment and have a faster rate of 
erosion than interior fibers.   

Fiber Tensile Strength 

Single fiber tensile strengths of UVO treated 
K63712 are reported in Figure 9.  The scatter is large 
which is characteristic of high modulus carbon 
fibers.  The lowest tensile strength was measured for 
the 90s UVO treated fiber, 2.08 GPa.  The T-test 
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comparing the As Recd to the 90s UVO at the 0.05 
probability level supports the null hypothesis that the 
two sets of data are from the same population; there 
is no statistical difference in tensile strength and the 
UVO treatment has not affected the tensile strength.  

Interfacial Shear Strength and Composite 
Properties 

Following 45s UVO treatment the interfacial shear 
strength of K63712 doubled from 12.2 to 27.4 MPa 
(Fig 10). Longer treatment times did not result in 
higher values of IFSS.  The IFFS for the K63712 
treated on the continuous fiber system are 
marginally lower than the fibers treated in the batch 
system reported in our previous studies.  

Unidirectional composite panels were made using 
AU4 fiber UVO-treated for 90s.  For comparison, 
unidirectional composite panels were made with 
AS4, the commercially available surface treated 
analog of AU4.   The interlaminar shear strength 
increased from 47.5MPa to 82.3MPa following 
UVO treatment of the AU4 fiber, Fig 11.  The ILSS 
of AU4-UVO fiber was equal to the commercially 
treated AS4.  Similar findings were found for the 
900-flexural strength, a test that is dependent on 
fiber-matrix adhesion.  Following treatment, the 
flexural strength increased from 21.4 MPa to 55.4 
MPa, a value that is marginally greater than the AS4 
fiber measured at 50.2 MPa, see Fig 12.  The ILSS 
and 900-flexural strength show that the UVO 
treatment is effective at promoting composite 
properties.  

 

Cost Analysis 

Based on information received from surface 
equipment manufacturers, comparative cost models 
were developed for 5 surface treatment systems: 
Plasma treatment; Corona Treatment; Solvent Wash; 
Flame Treatment; and UV Treatment.  The costs 
associated with each method of treatment were 
normalized to treat a square inch of the surface.  
Only the cost of operating the equipment for a unit 
of time was considered and the amount of surface 
area treated in this unit time calculated.  The 
analysis was extended to a production line treating a 
five square foot surface area of polymer per part at a 
rate of 200 parts per hour.  

A process comparison and cost analysis of the UV 
process indicates that it is at least equal to current 
technologies in effectiveness of cleaning and 
pretreating surface for painting and adhesive 
bonding.   

Summary. 

The continuous UVO fiber treatment line was 
successfully employed to treat carbon fiber in larger 
quantities than the batch process enabling a 
comprehensive study to be conducted that detailed 
the changes in fiber surface chemistry and structure, 
interfacial properties, as well as critical composite 
properties.  The UVO process caused the rapid 
oxygenation of the fiber surface in both PAN and 
Pitch based fibers.  Following UVO treatment, the 
fiber surface area increased, which is 
complementary to the increase in fiber surface 
roughness previously reported.  Both the fiber mass 
per length of tow and fiber diameter were reduced 
following treatment, confirming that the UVO 
process is removing material from the fiber surface.  
The single fiber fragmentation test found greater 
levels of interfacial adhesion for UVO treated fibers, 
which translated to increases in composite 
interlaminar shear strength and 90o flexural strength.  
UVO treatment is an effective, fast, inexpensive and 
environmentally friendly method for the treatment of 
PAN and Pitch fibers.   
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Fig 1 SEM micrograph of Dialead K63712 showing radial 
alignment of graphitic structure. 

 

 
Fig. 2 Spectral emission of xenon lamps. 
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Fig. 3  AU4 Surface oxygen concentration as a function 
of UVO treatment time. 

 
 
 
 
 

Table 1.  UV spectral  and chemical bond energies.   

 

 
Fig. 4  Interfacial shear strength of UVO treated fibers. 
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Figure 5 UVO-treated AU4 fiber.  Filled diamonds from 
batch UVO chamber; large open diamond from 
continuous treatment line. 
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Fig.  7  Surface area of AU4 (PAN) and K63712 (Pitch) 
following UVO treatment. 
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Fig. 8.  K63712 pitch fiber mass loss and diameter 
reduction following UVO treatment. 
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Fig. 9 Single fiber tensile strength of K63712 (pitch) 
UVO-treated fiber. 
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Fig. 10  Interfacial shear strength of K63712 (Pitch) 
UVO-treated fiber in epoxy matrix. 
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Fig. 11  Epoxy –Carbon Fiber Composite interlaminar 
shear strength. 
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Fig. 12  Epoxy- Carbon Fiber Composite 90o flex 
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1 General Introduction  
 
During the past decades, composites materials made 
of thermoplastic matrices reinforced with natural 
fibers have been highly applied in numerous 
engineering fields. These materials have also been 
highly investigated as shown by the wide range of 
publications dealing with it [1–5]. Furthermore, they 
represent such a diverse and important group of 
materials with many more unexplored aspects. This 
paper investigates the thermal properties and thermal 
stability of polyethylene terephthalate (PET), a high 
melting thermoplastic (Tm>200°C), reinforced with 
hemp fibers. The thermal properties and stability are 
crucial composite materials parameters, as they are 
known to have a huge impact on both their forming 
process and their performance [6–10]. 
 
The growing interest in natural fibers reinforced 
composites is justified by the numerous advantages 
they offer. These include their low weight, low cost, 
non-corrosiveness, recyclability, renewability, and 
low energy processing [11–13]. Further expansion of 
these applications is however hindered by numerous 
challenges, such as the thermal degradation of 
natural fibers, especially during processing at high 
temperature. Most of the actual applications are 
therefore restricted to lower melting thermoplastics 
[4]. In this regard, although composite materials of 
high melting thermoplastics reinforced with natural 
fibers represent an appreciable potential for 
engineering applications, they are still under-
exploited. The main sources for such limitations of 
their use have not been previously investigated; 
however they can either be related to their 
processing challenges, or to variations of their 
thermal properties. An example of their processing 
challenges is represented by the melting point of 
their matrices which by definition is higher than the 
onset of thermal degradation of natural fibers. 
Finally, engineering designs with such composite 

materials would be highly impacted by the high 
melting range, as it affects both fibers’ thermal 
degradation, and composites’ properties variations. 
Furthermore, such variations would be important for 
composites parameters such as crystallinity, and 
multistage processing. 
 
In the contrary of low melting thermoplastics, very 
few works have been reported on high melting 
thermoplastics reinforced with natural fibers, 
respectively by Caulfield et al., Field et al., Tan et 
al., and Bo Madsen. Caulfield et al. have extruded 
PA 6 and PA 6,6 with high purity wood pulp fiber 
[14]; Field et al. have used a solvent mixture for the 
compounding of PET and cellulose [15]; Tan et al. 
have processed Unsaturated Polyester Resin (UPR) 
from recycled PET, which was subsequently 
reinforced with alkaline treated empty fruit bunch 
(EFB)[16]; and Bo Madsen have processed PET 
reinforced with hemp fibers through the winding of 
both filaments followed by thermo compression 
[17]. In some previous works, the effects of various 
additives and fiber loads in the mechanical 
properties of PET-hemp composites were studied; in 
addition to their application in the design of a PET-
hemp fibers composite I-Beam [18–20]. The thermal 
properties and stabilities of  polyolefins and low 
temperature processing thermosets reinforced with 
natural fibers, have been reported in the most part by 
authors like Bacaloglu et al, Shih, Varghese et al., 
and Peterson et al [8], [10], [21], [22]. 
 
It is quite advantageous to reinforce PET with hemp 
fibers. These advantages include the environmental 
impacts of polymer recycling during processing, the 
resulting composite’s toughness provided by the 
aromatic rings of PET, and the reduction of the rate 
of stress concentration in the composite parts during 
melt processing, as a result of the similarities 
between its constituents’ densities. Finally, due to 
the high glass transition temperature (Tg = 60°C) of 
PET, the processed composite parts are solid at room 
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temperature. This work is a case study of the effects 
of fibers and processing conditions on the thermal 
properties of high melting thermoplastics reinforced 
with of natural fibers; and it is of utmost importance 
for multistage processing applications such as 
thermoforming. 
 

2 Experimental 

2.1 Materials  
PET, grade AA-48 (Eastman, QC, Canada), PCL 
(Sigma Aldrich, Oakville, ON, Canada), and hemp 
fibers of composite grade (Lanaupôle, Berthierville, 
QC, Canada) were used in this work. These fibers 
had an average length and diameter of 6 cm and 20-
25µm respectively. 
 

2.2 Methodology 
PET and hemp fibers were modified through 
selected applications to allow melt processing with 
limited thermal degradation, and to create an 
improved interface. The thermal stability of the 
resulting composite formulations and their thermal 
properties were respectively tested with a TGA 
(Q50), and a DSC (Q20), both from TA Instrument, 
(New Castle, DE, USA). 
 
PET-hemp composites with 1%, 5%, 10%, 15%, and 
20% (w/w) fibers were investigated. Processing was 
done in two stages to include compounding in a 
torque batch mixer (Haake Rheomix, polylab OS 
system, USA) at the mixing chamber’s temperature 
of 240°C, 250°C, and 260°C; followed by injection 
molding at 250°C with a Haake-Minijet. The mold 
was kept at 50°C during injection molding. PET and 
the various composite formulations were pre-dried at 
150°C for 4 hours prior to processing. Such pre-
drying process was essential to avoid sample 
degradation due to the hygroscopic nature of both 
PET and hemp fibers [1]. 
 
The DSC experiments involved a series of steps 
including sample equilibration at 0°C, a 10 minutes 
isotherm, a sample temperature ramp up at 20°C/ 
min to a maximum temperature of 300°C, followed 

by another 10 minutes isotherm, and finally a 
temperature ramp down at 10°C/min. After the first 
run, the data for various formulation groups were 
monitored and compared with those of the samples 
compounded at 250°C, and cooled without isotherm 
after the maximum temperature was reached. Such 
study was the basis for the analysis of the effects of 
moisture absorption and thermal degradation on 
multistage processing. Nitrogen was used as an inert 
gas in all DSC experiments both to avoid thermo 
oxidation of the sample and for cooling purposes.   
 

3 Results and discussion 

3.1 Thermal stability  

The thermal stability of both the composites and 
their constituents are given by Fig. 1, Fig. 2, Fig. 3, 
and Fig. 4. Data analysis was done with an in-built 
TA’s universal analysis software. 

Fig. 1 shows the thermal stability of the various 
composite constituents. It shows that both matrices 
are stable below 400°C. In addition, the alkaline 
treated hemp fibers show an appreciable stability 
below 300°C. 

Furthermore,  

Fig. 2, Fig. 3, and Fig. 4  show the thermal stability of 
PET-hemp fibers composites compounded 
respectively with a mixing chamber at 240°C, 
250°C, and 260°C. In each case, all the formulations 
appear to have a good stability below 300°C; 
however, there is less impact by the mixing 
chamber’s temperature. However, an increase of the 
fiber load results in an increase of the composite’s 
rate of thermal degradations. 

Such constituents’ thermal stability which have 
initially being studied by many authors such as those 
referenced in [8], [23], [24] are advantageous 
parameters especially for processing high melting 
thermoplastics with natural fibers and their 
engineering applications. 
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3.2 Thermal properties 

The heat capacities of the various studied composite 
formulations are given by Fig. 5, Fig. 6, Fig. 7, Fig. 8, 
Fig. 9, and Fig. 10. They are better analyzed in two 
groups according to the experimental cycle. 

The first group made of Fig. 5, Fig. 6, and Fig. 7 
relates to the first DSC experimental run, while the 
second made of Fig. 8, Fig. 9, and Fig. 10 relates to 
the second run. 

The data was obtained by the heat capacity analysis 
using TA’s in-built analysis which was validated by 
the literature data for PET [25]. In all the analytical 
stages, sapphire’s data were used for references. 

Three important areas exist in the sample of the first 
experimental run. They appear respectively like 
peaks with onsets at 60°C, 125°C, and 240°C 
respectively. Following the comparison with 
literature values such as [26], [27], these peaks 
either correspond or are directly related to the glass 
transition temperature of PET, the crystallization, 
and the melting temperature of PET. The high 
intensity of the first peak also suggests the existence 
of free PCL chains and the contribution of their 
melting point to the first peak. 

At room temperature, the heat capacities of all the 
composite formulations follow the inequality 

1.5C0.5 p   [J/g/°C] for the data of the first 
experimental run, and the maximum values around 
5[J/g/°C] at the melting peak of  PET. 

The PET’s melt peak intensity appeared to vary with 
the mixing chamber’s temperature and the fiber’s 
load. Although there are a few observed exceptions, 
the heat capacity of the samples tends to lower with 
an increase of the fibers load, especially at PET’s 
melting peak. The highest intensity was found for 
the composites compounded with a mixing chamber 
at 240°C; however the data for the samples 
compounded with a mixing chamber at 250°C and 
260°C were comparable.  

Still on the graphs related to the first experimental 
DSC run, no difference is shown on the onsets of 
both the melting and crystallization, however the 

associated heat vary with the fiber’s load. No 
specific trend can however be found. The heat 
capacity shows significant variations. 

A second group made of Fig. 8, Fig. 9, and Fig. 10 
describes some thermal properties related to the 
second experimental run. They show two major 
differences with respect to the observations of Fig. 5, 
Fig. 6, and Fig. 7.  

The first noticeable difference is the disappearance 
of the first peaks. Such event is likely linked to 
samples’ annealing and crystallization. We suggest 
that the 10 minutes isothermal stage at 300°C may 
have cause some thermal degradation of hemp fibers 
leading to even further crystallization. Such 
observation had been previously made by other 
authors like Nabar [26]. Another suggestion for such 
crystalline structure is the concentration of the 
samples’ heat capacity around 1 [J/g/°C] for the data 
of the second experimental run, contrary to more 
dispersed values in the first run. The disappearance 
of the first peaks indicates the non existence of free 
PCL chains and a good structural network. More 
work still has to done for characterizing the 
networking of the various composite constituents in 
the studied formulations. 

The second difference if the maximum values of the 
heat capacity which appears to have been lowered 
below 5 J/g/°C.  

For both the first and the second experimental runs, 
the heat capacities of the composite samples 
compounded at 250°C showed significantly different 
results from those compounded at 240°C and 260°C.  

In addition, although the DSC curves are not shown 
here, they showed minimal memory effects, 
especially during their second cycles. Since all the 
formulations have undergone the same pre-testing 
treatment, the difference between the formulations 
compounded at 250°C and those compounded at 
260°C and 240°C could be attributed to the impact 
of the extent of polymer melting on fiber-matrix 
interactions. In fact such interaction have been found 
by other authors to affects the chain mobility and 
cristallinity of the composite samples [28–30]. 
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3.3 Effects of the fibers’ thermal degradation 
between DSC runs 1 and 2 

Fig. 11 shows a compilation of the samples’ weight 
loss following the 10 minutes isotherm at maximum 
temperature of the first experimental run. It also 
includes a set of formulation compounded with the 
mixing chamber at 250°C, and tested without 
isotherm at the maximum temperature. 
 
The observed weight loss appears to be related to 
both the fiber load and the temperature of the mixing 
chamber. Just as for the case of the heat capacities, 
the weight loss by the samples compounded with the 
mixing chamber at 260°C and 250°C are 
comparable, while it increases with the fiber load for 
the sample compounded with the mixing chamber at 
250°C. The appreciable trend for the last group of 
samples can also be related to the extent of polymer 
melting and its chain mobility. The formulations 
compounded with the mixing chamber at 250°C and 
tested without isotherm at 300°C showed no weight 
loss. In all the cases however, the observed 
significant weight loss can either be attributed to 
moisture absorption by the samples or by the 
thermal degradation of the fibers during the 
isothermal step. 
 
No significant sample weight loss was observed 
following sample drying prior to the first 
experimental DSC run. This observation is in 
agreement with the thermal stability of the 
composite formulations previously discussed and 
described by Fig. 2, Fig. 3, and Fig. 4. The weight 
loss can then be related in the most part to fiber 
degradation during the isothermal step at 300°C. 
This is confirmed by the observation of no weight 
loss in the absence of the isothermal step at 300°C. 
Such thermal degradation of the fibers increases the 
crystallization process of the samples, and is in 
agreement with previous observations  made by 
other authors like Nabar [26]. 
 

4 Conclusion 
PET-hemp composites were processed with various 
hemp loads, through compounding at different 

mixing chamber’s temperatures. The stability of the 
formulation was studied alongside some of their heat 
capacity. 

All the formulations were found to be thermally 
stable within the time limit of classical plastic-
composites’ processing. Some differences were 
noted between two DSC cycles, especially when the 
samples were isothermally heated once the 
maximum temperature was reached. 

Our results suggest the existence of some hemp 
fiber’s degradation as a function of the fiber load 
and processing time. Such results are important 
parameters for multistage processing. However, such 
thermal degradation may have a good impact on the 
samples’ crystallinity, thus the importance of fine 
tuning the processing parameters with respect to the 
needed applications. 

These results are another indication of the potential 
of reinforcing high melting thermoplastics like PET 
with natural fibers for engineering applications. 
Additional work is still being done on relating the 
presented observations to the structural parameters 
of the studied composites; in view of a future journal 
publication. 

 

5 Acknowledgements  
This work was done with the financial and logistic 
support of the “Fonds Québécois de la Recherche 
sur la Nature et les Technologies (FQRNT)”, the 
Natural Sciences and Engineering Research Council 
of Canada (NSERC), and the “Centre Technologique 
des Résidus Industriels (CTRI)”. 

 

 

 

 

 

 

 

ICCM19 1208



 
 
 

  

References 

[1] F. P. La Mantia and M. Morreale, “Green 
composites: A brief review,” Composites Part A: 
Applied Science and Manufacturing, vol. 42, no. 
6, pp. 579–588, Jun. 2011. 

[2] US Department of Defense, Composite Materials 
Handbook Volume 3. Polymer Matrix 
Composites-Materials Usage, Design, And 
Analysis, MIL-HDBK-1st ed., vol. 3, no. June. 
Department of Defense, 2002, pp. 1–56. 

[3] G. Pritchard, “Two technologies merge : wood 
plastic composites Geoff Pritchard describes how 
wood and resin are being,” no. August, pp. 18–21, 
2004. 

[4] Y. B. Vasudeo and R. Rangaprasad, “The fast 
growing ‘wood plastic composites’- wpc,” THE 
EXTRUDER TIMES, no. 06, pp. 1–12, 2008. 

[5] F. Godard, M. Vincent, J.-F. Agassant, and B. 
Vergnes, “Études du comportement rhéologique 
et des propriétésmécaniques de composites 
sciures de bois-polyethylène haute densité,” 
Rhéologie, vol. 136, pp. 9–21, 2008. 

[6] X. Li, L. G. Tabil, I. N. Oguocha, and S. 
Panigrahi, “Thermal diffusivity, thermal 
conductivity, and specific heat of flax fiber–
HDPE biocomposites at processing 
temperatures,” Composites Science and 
Technology, vol. 68, no. 7–8, pp. 1753–1758, Jun. 
2008. 

[7] D. R. Kelsey, K. S. Kiibler, and P. N. Tutunjian, 
“Thermal stability of poly(trimethylene 
terephthalate),” vol. 46, pp. 8937–8946, 2005. 

[8] R. Bacaloglu, P. Kleinlauth, P. Frenkel, and P. 
Reed, “Thermal Stabilization of PVC-Wood 
Composites,” in ANTEC 2004, 2004, pp. 3931–
3935. 

[9] R. M. Rowell, “Thermal properties,” in Handbook 
of wood chemistry, R. M. Rowell, Ed. CRC Press, 
2005. 

[10] Y. Shih, “Mechanical and thermal properties of 
waste water bamboo husk fiber reinforced epoxy 
composites,” vol. 446, pp. 289–295, 2007. 

[11] M. Ho, H. Wang, J. Lee, C. Ho, K. Lau, J. Leng, 
and D. Hui, “Critical factors on manufacturing 
processes of natural fibre composites,” 
Composites Part B, pp. 1–14, 2011. 

[12] H. Bos, “The Potential of Flax Fibres as 
Reinforcement for Composite Materials,” 
University Press Facility, Eindhoven, the 
Netherlands, Eindhoven, 2004. 

[13] S. T. Georgopoulos, P. A. Tarantili, and E. 
Avgerinos, “Thermoplastic polymers reinforced 
with fibrous agricultural residues,” vol. 90, 2005. 

[14] D. F. Caulfield, R. E. Jacobson, K. D. Sears, and 
J. H. Underwood, “Woodpulp fibres as 
reinforcements for high-melting engineering 
thermoplastics for ‘under-the-hood’ automotive 
applications,” in 17th annual meeting Polymer 
Processing Society-Conference of polymer 
processing, 2001, vol. 2398, no. 1, pp. 1–11. 

[15] N. D. Field and M. Chien, “Poly (ethy1ene 
Terephthalate)/Cellulose Blends,” Polymer 
Science, vol. 30, pp. 2105–2113, 1985. 

[16] C. Tan, I. Ahmad, and M. Heng, 
“Characterization of polyester composites from 
recycled polyethylene terephthalate reinforced 
with empty fruit bunch fibers,” Materials & 
Design, vol. 32, no. 8–9, pp. 4493–4501, Sep. 
2011. 

[17] B. Madsen, “Properties of Plant Fibre Yarn 
Polymer Composites: An Experimental Study,” 
Technical University of Denmark, 2004. 

[18] A. S. F. Talla, F. Erchiqui, and J. S. Y. D. Pagé, 
“Influence of additives and heat treatment on the 
structural applications of high melting polyesters 
reinforced with natural fibers : PET-Hemp 
composite I-Beam,” in 2eme Conférence 
Internationale sur les Matériaux et les Structures 
en Composites, 2011, pp. 1–6. 

ICCM19 1209



[19] A. S. F. Talla, E. Mfoumou, S. Jeson, D. Pagé, 
and F. Erchiqui, “Properties of a novel melt 
processed PET-Hemp composite: Influence of 
additives and fibers concentration,” Reinforced 
plastics and composites, vol. In press, 2013. 

[20] F. Erchiqui, A. S. F. Talla, P. Danny, and A. 
Bourihane, “Influence of the choice of additives 
in high melting (HMP) polyesters reinforced with 
natural fibers (NF) in view of structural 
applications,” in Proceedings of the American 
Society for Composites-Twenty -Sixth Technical 
Conference, 2011. 

[21] S. Varghese, B. Kuriakose, and S. Thomas, 
“Short sisal fibre reinforced natural rubber 
composites : high-energy radiation , thermal and 
ozone degradation,” Polymer Degradation and 
Stability, vol. 44, pp. 55–61, 1994. 

[22] J. D. Peterson, S. Vyazovkin, and C. A. Wight, 
“Kinetics of the Thermal and Thermo-Oxidative 
Degradation of Polystyrene , Polyethylene and 
Poly ( propylene ),” pp. 775–784, 2001. 

[23] D. N. Saheb and J. P. Jog, “Natural fiber polymer 
composites: A review,” Advances in Polymer 
Technology, vol. 18, no. 4, pp. 351–363, 1999. 

[24] I. C. McNeill, S. Ahmed, L. Memetea, M. H. 
Mohammed, G. E. Zaikov, and A. Y. Polishchuk, 
“Thermal degradation behaviour of some 
alternating copolymers,” Polymer Degradation 
and Stability, vol. 52, no. 2, pp. 171–181, 1996. 

[25] L. C. Thomas, “Modulated DSC Paper # 1, Why 
Modulated DSC ? An overview and Summary of 
Advantages and Disadvantages Relative to 
Traditional DSC.” New Castle DE 19720, USA, 
pp. 1–8, 2005. 

[26] Y. U. Nabar, A. Gupta, and R. Narayan, 
“Isothermal Crystallization Kinetics of Poly 
(Ethylene Terephthalate) – Cellulose Acetate 
Blends,” Polymer Bulletin, vol. 53, pp. 117–125, 
2005. 

[27] N. Avramova, “Amorphous poly (ethylene 
terephthalate)/ poly (butylene terephthalate) 

blends : miscibility and properties,” Polymer, vol. 
36, no. 4, pp. 801–808, 1995. 

[28] K. L. Pickering, G. W. Beckermann, S. N. Alam, 
and N. J. Foreman, “Optimising industrial hemp 
fibre for composites,” Composites Part A: 
Applied Science and Manufacturing, vol. 38, pp. 
461–468, 2007. 

[29] M. Mucha and Z. Królikowski, “Application of 
DSC to study crystallization kinetics of 
polypropylene containing fillers,” vol. 74, pp. 
549–557, 2003. 

[30] Y. Lei and Q. Wu, “Wood plastic composites 
based on microfibrillar blends of high density 
polyethylene/poly(ethylene terephthalate).,” 
Bioresource technology, vol. 101, no. 10, pp. 
3665–71, May 2010.  

 

 

 

 

 

 

 

 

 

 

 

ICCM19 1210



 
 
 

  

 

Fig. 1: Thermal degradation of various composite 
constituents (PCL, PET, virgin and alkaline treated hemp 
fibers) 
 

 

 

 

 

 

 
Fig. 2: Thermal stability of PET-hemp fiber composites, 
compounded in 240°C mixing chamber 

 
 

 
Fig. 3: Thermal degradation of PET-hemp fiber 
composites, compounded in at 250°C mixing chamber 

 
 
 
 
 
 
 
 
 

 
Fig. 4: Thermal degradation of PET-hemp fiber 
composites, compounded at 260°C mixing chamber 
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Fig. 5: Heat capacities of PET-hemp composites 
compounded in a 240°C mixing chamber, data from the 
first experimental run 

 
 
 
 
 
 
 
 

 
Fig. 6: Heat capacities of PET-hemp composites 
compounded in a 250°C mixing chamber, data from the 
first experimental run 

 
Fig. 7: Heat capacities of PET-hemp composites 
compounded in a 260°C mixing chamber, data from the 
first experimental run 

 
 
 
 
 
 
 
 

 
Fig. 8: Heat capacities of PET-hemp composites 
compounded in a 240°C mixing chamber, data from the 
second experimental run 
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Fig. 9: Heat capacities of PET-hemp composites 
compounded in a 250°C mixing chamber, data from the 
second experimental run 

 
 
 
 
 
 

 
Fig. 10: Heat capacities of PET-hemp composites 
compounded in a 260°C mixing chamber, data from the 
second experimental run 

 

 
Fig. 11: Weight loss of various PET-hemp composites 
after 300°C of the first experimental run 
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1 Abstract  
Bio-based materials offer interesting solutions to 
sustainable and eco-friendly industrial applications 
in the future. In this study micromechanical 
modeling and Mori-Tanaka mean field 
homogenization technique is used for stiffness 
prediction in short flax fiber reinforced PLA 
biopolymer. The fiber geometry distribution is 
considered in the homogenization along with the 
orientation distribution. The concept of multi-phase 
composite is used to describe the distribution of 
geometry that is typical for natural fibers. In this 
concept the fibers were classified into N classes with 
different geometry. Composites with 20 and 30 wt% 
of flax fibers were manufactured using 
compounding followed by injection molding 
process. Fiber degradation has been tracked and 
characterized for the implementation in 
micromechanical modeling and homogenization. 
Mechanical properties of the constituents are 
characterized as they provide essential information 
in micromechanical modeling. The fiber orientation 
distribution is investigated using Synchrotron 
tomography and second order orientation tensors are 
identified for the composites. The homogenization 
results with the consideration of fiber geometry 
distribution are compared with experimental results. 
Consideration of the fiber geometry distribution 
results in compatible results to experiments.  
 
2 Introduction 
A vast amount of research has been focused on 
injection molded short fiber reinforced composites 
due to high production rate of the process and major 
property enhancement in the matrix by fiber 
addition, especially in the automotive industry. New 
regulations and environmental concerns have led to 
the substitution of glass fibers with natural fibers 
and conventional polymers with biopolymers to 

promote eco-friendly products and sustainable 
industrial practices. Besides being ecofriendly, these 
composites offer also novel properties like high 
sound and energy absorption because of the hollow 
structure of the natural fibers which result in also 
high specific properties. Further efforts are going on 
to apply the natural fiber reinforced composites in 
structural components.  
Virtual product development is a concept that is 
implemented to reduce the time to market and 
increase the product quality while promoting 
enhanced resource utilization. Finite element 
analysis (FEA) tools are used, where time effective 
material models are playing an important role. In 
this work mean field homogenization techniques, 
which are based on assumed relations between 
volume averages of strain in each phase, are used. 
An advantage of this type of material models is that 
it is very convenient to apply the material model for 
other fiber contents, geometry, and fiber type or 
matrix material. 
In this research short flax fiber reinforced PLA 
biopolymer has been investigated.  A recent review 
on green composites adequate for automotive 
applications has suggested flax fiber reinforced PLA 
as the first option considering cost/volume and 
specific strength [1]. Moreover these composites 
have the advantage of mass production which is of 
high interest for example in the automotive industry. 
PLA biopolymer and flax fibers have been 
compounded using a double screw extruder in 
different weight percentage of flax fibers. The effect 
of using different compounding parameters has been 
investigated, especially the screw speed on 
mechanical properties of the composites.  
The flax fiber reinforced compounds have been 
injection molded into plates for investigation of the 
mechanical properties. In a process like injection 
molding where high shear rates are present a 
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phenomenon called flow induced orientation (FID) 
is unavoidable affecting the mechanical properties 
profoundly. For this reason information on fiber 
orientation distribution (FOD) are essential for 
property prediction. 
Fiber orientation distribution has been investigated 
using Synchrotron micro-computed tomography 
(µCT). Conventional x-rays tomography was not 
successful in the case of flax fiber reinforced PLA as 
the density difference between the constituents is not 
enough to gain reasonable contrast in X-rays 
tomography. That is the reason why Synchrotron 
computed tomography was performed on the 
samples where the higher flux of x-rays in this 
method provides better contrast. The fiber 
orientation distribution (FOD) has been considered 
in homogenization and stiffness prediction of the 
composites.  
In compounding and injection molding of natural 
fiber reinforced composites severe fiber degradation 
is dominant where both length and diameter of the 
fiber bundles are degraded [2-5]. This fiber 
degradation has been investigated on different 
matrix materials reinforced with different natural 
fibers. The wide distribution of the fiber length, fiber 
diameter and fiber aspect ratio can be considered as 
multi-phase composite with fibers of different 
geometry. 
Consideration of the fiber geometry distribution like 
fiber aspect ratio distribution in micromechanical 
modeling and homogenization techniques is a 
challenge that has been considered in this research to 
estimate the stiffness properties of the flax fiber 
reinforced bio composites. Mechanical and 
geometrical properties of the fibers are considered as 
essential information in micromechanical models 
and homogenization techniques [6-8]. Until now 
most of the researches have considered a mean value 
of the geometries. Moreover the number average 

(LN=
∑ ����
∑ �� ), the weight average (Lw=

∑ ����
∑ �� ), Root-

Mean-Square average (LRMS=�∑ �����
∑ �� ) or the skewed 

average (Ls=
∑ ��
∑��	�

) of geometries can be used in 

property prediction of short fiber reinforced 
composites. In this research the fibers are classified 
into N classes of volume fraction 
� (where i=1…N) 
with different geometry. The Mori-Tanaka mean 
field homogenization technique is used considering 

the fiber geometry distribution. The homogenization 
results are compared with number average, root-
mean-square and skewed average respectively to 
find the best match compatible with experimental 
data.  
  
3 Experimental Procedure 
3.1 Material 
PLA Ingeo biopolymer 3251D from Nature Works 
was used as matrix material. This biopolymer has 
very high flow capability that makes it suitable for 
injection molding of thin walled parts. Flax fibers 
were used as strengthening natural fibers. Low twist 
flax rovings were provided from Safilin in France. 
 
3.2 Processing and Manufacturing 

3.2.1 Compounding 

A twin screw extruder (Coperion ZSK25 WLE) was 
used to compound the flax fibers and the PLA 
biopolymer. PLA granulates and flax fibers were 
dried at 80°C for 12 hours. PLA granulates and flax 
rowings were fed into the extruder simultaneously to 
manufacture the compound. The fiber content into 
the compound was controlled by the extruder screw 
speed considering TEX2000 flax fibers. The 
extruder head screw speed was 300 rpm while the 
side screw speed was different for different samples. 
In case of samples with 20 wt% flax fibers the side 
screw speed was 278 rpm. In case of samples with 
30 wt% flax fibers two different side screw speed 
was selected to investigate the effect of side screw 
speed on mechanical properties, fiber degradation 
and viscosity of the compound material. Side screw 
speed is proportional to production rate. Samples 
containing 30 wt% flax fibers were processed with 
side screw speed of 238 rpm (sample 30 wt% A)  
and 446 rpm (Sample 30 wt% B) respectively. The 
side screw speed was higher for sample 30 wt% (B) 
in comparison to sample 30 wt% (A). The 
temperature profile in extruder was 
180/190/200/200/205°C.  

3.2.2 Injection Molding 

An injection molding machine (Arburg Model 320c) 
was used to manufacture the samples. Granulates 
were dried for 12 hours at 80 °C before injection 
molding. A temperature profile of 
150/160/180/190/190°C was selected in the barrel. 
The injection molded sample was a 120x120x2 mm 
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plate. The mold temperature was set to 40°C and the 
cooling time was 25 seconds. After injection 
molding of the plates, dog-bone shaped samples 
were machined from the plates for the investigation 
of the mechanical properties.  

3.3 Characterization 

3.3.1 Fiber Degradation Characterization 

To investigate the fiber geometry and fiber 
degradation during processing of the compound, the 
PLA was dissolved in Chloroform at 50°C. After 
separating the fibers, an optical microscope 
(Olympus Model BH-2) was used to investigate the 
fiber geometry and imaging. About 150-200 fibers 
were analyzed for the fiber length distribution, fiber 
diameter distribution and fiber aspect ratio 
distribution investigations.  

3.3.2 Fiber Orientation Characterization 

Synchrotron micro computed tomography was used 
to image the three dimensional structure of the fiber 
orientation distribution in the flax fiber reinforced 
PLA biopolymer composite samples. Synchrotron 
tomography was performed at European synchrotron 
radiation facility Grenoble in France at beam line 
ID19. A spatial resolution of 0.75 μm was used to 
obtain high quality images. The images obtained 
from synchrotron tomography have been processed 
in image processing program Amira 5.3.1 to 
reconstruct the 3D-structure of the short flax fiber 
reinforced composite. For quantitate analysis of the 
3D structure and determination of the fiber 
orientation tensor the MAVI 1.4.1 image processing 
program was used.  

 

4 Theory 

The following notations are used during the 
micromechanical modeling. Boldface symbols 
denote tensors the order of which is indicated by the 
context. Dots and colons are used to indicate tensor 
products contracted over one and two indices 
respectively. The symbols 1 and I designate the 
second and fourth order symmetric identity tensor 
respectively. The symbol 〈�〉 describes the average 
of the properties over the defined volume.  

 

 

4.1 Homogenization Concept 

Mean field homogenization techniques are based on 
the volume average of the stress and strain over a 
representative volume element (RVE). To consider 
the fiber geometry distribution or aspect ratio 
distribution the concept of multi-phase composite 
has been used in this study. In natural fiber 
reinforced composites the fiber length distribution 
(FLD) and fiber diameter distribution are wide 
where the fiber degradation and defibrillation is 
dominant during the compounding and injection 
molding of the composite at high melt temperatures 
and shear rates.  Fibers have been categorized into N 
classes with different aspect ratio (ar). Each class has 
been considered as a phase (i). Consider a RVE with 
N classes of fibers where the volume fraction of the 
matrix is 
�. Each fiber is characterized with a unit 
vector p and a determined aspect ratio ar(i). The 
fibers are classified into N classes of volume 
fraction 
� where: 


� + ∑ 
����� = 1                          (1) 
Each class of fiber is characterized by a given 
constant aspect ratio and a differentiable fiber 
orientation distribution function (ODF) ��(�) such 
that the probability of finding a fiber belonging to 
class i and whose orientation is between p and p+dp 
is ��(�)�� . The ODF satisfies the following 
conditions:  

�(�) =  �(−�)  ,  ∮ �(�) �� = 1           (2) 

The first quality expresses the fact that the fibers 
oriented at p and –p are indistinguishable and the 
second is a normalization condition [9].  Each fiber 
class in the RVE is decomposed into pseudo-grains. 
Each pseudo grain ( �,�) is a two phase composite 
containing the matrix material in concentration 
� 
and inclusions in concentration (1-
� ) between p 
and p+dp. Let us to represent "(#) as an arbitrary 
microfield like micro strain or micro stress. It can be 
shown that the volume average of "(#)  over the 
RVE can be written as follow [8]: 

〈"〉Ω = ∑ %�
�&%'

〈〈"〉(�,�〉)*
���� ≡ 〈〈"〉(�,�〉�,)*     (3) 

Schematically equation (3) can be shown in Figure 
(1) and Figure (2) respectively. Figure (1) shows the 
classification of the fibers in to N class of fibers with 
the same aspect ratio. Figure (2) shows the 
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decomposition of each class of fibers into a set of 
infinitesimal pseudo-grains with the same 
orientation. The orientation average of a function 
"(�) is its ODF-weighted average defined as: 

〈"(�)〉)* ≡ ∮ ,(�)ψ� (�)��               (4) 

 
4.2 Homogenization of the pseudo-grains: First 
step homogenization 

The Mori-Tanaka homogenization model is used as 
the first step of homogenization. The 
homogenization technique has been based on the 
solution of Eshelby for single inclusion. Eshelby 
results show that if an elastic homogeneous 
ellipsoidal inclusion is subject to a homogeneous 
strain	./, the stress and strain in the inclusion would 
be uniform [10]. 

0� = 〈0〉�	and	.� = 〈.〉�                  (5) 

Where index i refers to the inclusions. The uniform 
strain in the inclusion is related to the applied strain 
according to the following equation [11]: 

5� = 65: ./                             (6) 

Where the single inclusion concentration tensor has 
the following form [11]: 

65 = 89 + ::	;(<�)&�: <� − 9=>&�           (7) 

Here S is referred to Eshelby tensor and depends 
only on the material properties of the matrix material 
(c0) and on the aspect ratio (a=L/D) of the inclusions 
or fibers. The strain average per phase is related by 
strain concentration tensor ?5 as below [11]: 

〈5〉(@ = ?5: 〈5〉('                        (8) 

And per phase average strains are related to the 
macro strain 〈5〉	as below [11]: 

〈5〉(' = ;
�?5 + (1 − 
�)9=&�: 〈5〉        (9) 

〈5〉(@ = ?5: ;
�?5 + (1 − 
�)9=&�: 〈5〉     (10) 

The Mori-Tanaka assumes that each particle sees the 
far field strain equal to the average strain in the 
matrix or [7]: 

?5 = 65                            (11) 

Finally the macro stiffness can be calculated 
according to the following equation for M-T 
homogenization technique [7]: 

<A = ;
�<�: 65 + (1 − 
�)<�=: ;
�65 + (1 − 
�)9=&�	(12) 

The stiffness tensor of a composite consisting of 
fibers with the same orientation has been identified 
until now. In a process like injection molding where 
high shear rates are dominant, the fibers could 
arrange differently along the thickness of the plate. 
Therefore the orientation averaging of the properties 
is essential as equation (4). The reconstruction of the 
orientation distribution function with second order 
tensor has been performed according to [9]. Each 
class of fibers is divided into a defined number of 
pseudo-grains with the specific orientation p and the 
reconstruction of the fiber orientation distribution is 
performed with the second order tensor aij which has 
been specified by synchrotron imaging. 

 
4.3 Second step homogenization: Voigt model 

The second step of the homogenization is the 
homogenization of the pseudo-grains. It has been 
reported that the two step homogenization following 
the Voigt model leads to better results [12]. 
However theoretically it is possible to perform other 
homogenization techniques like Mori-Tanaka as the 
first step but it might result in unacceptable 
predictions [8]. Mori-Tanaka can be applied in first 
step successfully where all fibers have the same 
orientation and aspect ratio. In this step the 
homogenization of the pseudo-grains with different 
orientation has been performed using Voigt model 
over all N fiber classes. The basic assumption of the 
Voigt model is that the strain field is uniform over 
the RVE and the stiffness can be calculated for the 
multi-phase composite over different aspect ratio 
(ar(i), i=1-N)   as below where <A�,B  shows the 
stiffness of one pseudo-grain with fibers in class i: 

<A = 〈C<A�,BD〉�,)*                         (13) 

 

5 Results and Interpretation 

The mechanical and geometrical information of the 
constituents are essential information for 
micromechanical modeling and homogenization. 
Flax fibers that are processed differently result in 
different mechanical properties. Other parameters 
like flax fiber diameter, growing and weather 
conditions could also affect the mechanical 
properties of flax [13, 14]. Epoxy-Flax uni-
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directional (UD) composites were manufactured to 
back calculate the Young’s modulus of the fibers 
using the rule of mixture. Epoxy plates were made 
also with the same Epoxy that has been used for 
vacuum infusion of the Epoxy-Flax UD composites. 
Figure (3) shows the stress-strain behavior of the 
pure Epoxy and Epoxy-Flax UD composites. Using 
rule of mixture as below:  

Ec = EfV f + EmVm                          (14) 

Where Vf=0.52 and Ec and Em are known from 
figure (3) the Young modulus of the flax fiber could 
be back calculated about 36051 MPa. Using rule of 
mixture it is also possible to back calculate the 
poisson’s ratio of the flax fiber. Fiber density was 
measured also by measuring the density of the pure 
matrix and composite and back calculation of the 
fiber density. All results concerning mechanical 
properties of the constituents are presented in table 
(1) and were used in micromechanical modeling and 
homogenization.  

Besides mechanical properties of the constituents the 
geometrical properties of the fibers are also 
important as it has been mentioned in equation (7). 
Figure (4) and figure (5) show the flax fiber length 
distribution and flax fiber aspect ratio distribution in 
case of PLA reinforced with 20 wt% flax fibers. The 
flax fiber aspect ratio distribution has been 
implemented according to figure (5) in 
homogenization of PLA with 20 wt% flax fibers. 
High temperature and high shear forces during 
compounding and injection molding cause the fiber 
degradation. Fiber diameter degradation is mostly 
because of the defibrillation of the fiber bundles to 
elementary flax fibers [15].   Figure (6) and Figure 
(7) show the fiber length and diameter distribution in 
case of PLA reinforced with 30 wt% flax (A) 
samples. The compounding and injection molding 
parameters in samples with 20 wt% flax and 30 wt% 
flax (A) fibers are mostly the same however the 
(number) mean value of fiber length has been 
reduced from 161µm to 149µm. This could be 
because of the higher viscosity of the melt for the 
compound with 30 wt% flax fibers which result in 
more shear forces and fiber degradation [3, 16]. 
Another attempt was made also to investigate the 
influence of screw speed in compounding process on 
the flax fiber degradation and consequently the 
mechanical properties. In case of PLA reinforced 

with 30 wt% flax (B) the screw speed was higher 
than case (A). Figure (8) and (9) show respectively 
the fiber length and aspect ratio distribution in case 
of PLA reinforced with 30 wt% flax (B). The fiber 
average length was decreased from 149µm to 
124µm in comparison to sample (A) because of the 
higher screw speed during compounding process. 
The fiber aspect ratio and Young’s modulus is 
slightly higher than sample (A). The fiber aspect 
ratio distribution according to figure (9) was used 
for the homogenization of the sample 30 wt% flax 
(B). 

The higher screw speed is directly proportional to 
production rate but more energy consumption. The 
question is to find an optimum compromise between 
mechanical properties, energy consumption and 
production rate. A similar research has been 
published recently on bamboo fiber reinforced PLA, 
where the screw speed doesn’t affect mechanical 
properties significantly [17].   

As mentioned in the introduction section of this 
paper number average of the aspect ratio are used 
mostly for micromechanical modeling and 
homogenization. It is also possible to calculate RMS 
and skewed average with the same data available for 
the calculation of number average and according to 
the equations mentioned in introduction section of 
this paper. These averaging methods have been used 
also in this study to compare the result of 
micromechanical modeling with fiber aspect ratio 
distribution consideration. Table (2) shows briefly 
the result of different averaging methods. Another 
averaging method which is common in glass fiber 
reinforced composites is weighted average where the 
weight of fiber with different geometry is measured 
after burning of the polymer. This averaging method 
is not applicable in case of natural fiber reinforced 
polymer feasibly as glass fiber reinforced composite 
as both constituents are burnable. 

As it is mentioned the mechanical properties are 
highly orientation dependent. For this reason it is 
important to have information on the fiber 
orientation distribution in the samples. However 
imaging and 3D tomography of flax fiber reinforced 
PLA is challenging. The density similarity of the 
natural fibers and PLA biopolymer along with the 
base structural element (carbon) similarity makes it 
difficult to have good contrast between the 
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constituents. The same problem exist for modern 
carbon fiber reinforced composites. The good signal 
to noise ratio in synchrotron micro-computed 
tomography lead to higher contrast between 
constituents in a resolution about 1µm [18]. A single 
fiber in short fiber composite can be represented by 
a unit vector p along the fiber. One set of orientation 
tensors can be defined by forming dyadic products 
of the vector p and then integrating the product of 
these tensors with the distribution function over all 
possible directions [19]. The second order tensor is 
defined as below: 

E�F = ∮ G� 	GF�(�)��                          (15) 

The diagonal components of the second order tensor, 
which is determined with the image processing of 
the Synchrotron images is presented in table (3) for 
the PLA reinforced with 20 wt% flax and 30 wt% 
flax. This information is used for orientation 
averaging according to equation (4).  

The result of the micromechanical modeling and 
homogenization for samples with 20 wt% flax is 
presented in figure (10). The simulations were 
performed using ABAQUS FE-Code and 
incorporation of a user material subroutine. The 
Young’s modulus determined experimentally is 
presented along with the homogenization results 
considering fiber aspect ratio distribution and 
homogenization with the number average, RMS 
average and skewed average of the aspect ratio 
respectively. Figure (11) and Figure (12) show 
simulation results for PLA reinforced with 30 wt% 
flax (A) and (B) samples. The stiffness prediction 
error is summarized in table (4) for all three samples. 
It can be seen that using the skewed average of the 
aspect ratio of the fibers in homogenization gives 
more compatible results to experiments in all 
samples or the lowest error. Using number average 
of aspect ratio overestimates the stiffness and gives 
stiffer results in comparison to homogenization with 
consideration of fiber aspect ratio distribution. The 
results of stiffness prediction with different 
averaging methods including fiber aspect ratio 
distribution consideration could be summarized as 
below: 

<HIJKJL.N% ≤ <P�Q,PRQ ≤ <�.N% ≤ <STU.N% 

 
 

6 Conclusions 

Fiber geometry and orientation distribution has been 
integrated in micromechanical modeling and applied 
to flax fiber reinforced composites. Property and 
geometry variation in natural fibers are inevitable as 
they are of natural origin. Geometrical and 
mechanical properties of the constituents were 
investigated and identified. Noticeable fiber length 
degradation identified during compounding and 
injection molding along with fiber diameter 
degradation due to fiber bundle defibrillation. 
Orientation distribution of the fibers investigated 
with Synchrotron tomography and the orientation 
tensors are identified. Orientation investigations 
showed that not all fibers are oriented in flow 
direction. Consideration of fiber geometry 
distribution resulted in more compatible results to 
experiments as the commonly used number average 
of the geometry in homogenization and 
micromechanical modeling. Using skewed average 
of the fiber aspect ratio, which gives higher weight 
to shorter fibers, resulted in the best stiffness 
predictions. 

 
Tables and Figures 

 

Fig. 1. Decomposition of the fibers into N class with 
different geometry 
 

 
Fig. 2. Decomposition of the class i of fibres with 
the same aspect ratio into a set of pseudo-grains with 
the same orientation 
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Fig.3. Stress strain diagram of the Epoxy-Flax UD 
laminates and pure Epoxy (Vf=0.52) 
 
 
Table.1. Material properties of the constituents used for 
micromechanical modeling (Flax fiber reinforced PLA) 
Fiber Young’s Modulus 
Fiber Poisson’s ratio 
Fiber density 
Fiber weight fraction 
Matrix Young’s Modulus 
Matrix Poisson’s Ratio 
Matrix Density 

36051 MPa 
0.312 
1.49 gr/cm3 
20 and 30 wt% 
3450 MPa 
0.336 
1.23 gr/cm3 

 

 

 
Fig. 4. Fiber length distribution for PLA+20Wt% Flax 
fibers applied in homogenization 
 

 
Fig. 5. Fiber aspect ratio distribution for PLA+20wt% 
Flax fibers applied in homogenization 
 

 
Fig.6. Fiber length distribution for PLA+30wt% Flax (A) 
applied in homogenization 

 

 
Fig.7. Fiber aspect ratio distribution for PLA+30wt% Flax 
(A) applied in homogenization 
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Fig.8. Fiber length distribution for PLA+30wt% Flax (B) 
applied in homogenization 
 
 

 
Fig.9. Fiber aspect ratio distribution for PLA+30wt% Flax 
(B) applied in homogenization 
 
 
 
 
 
 
Table.2. Different averaging data of the fiber aspect ratio 
distribution 

Sample Number 
Average 

RMS 
Average 

Skewed 
Average 

20 wt% Flax 9.65 10.38 8.24 

30wt%Flax(A) 8.46 9.34 7.06 

30wt%Flax(B) 8.9 9.6 7.7 

 

Table.3. Orientation tensor of short flax fiber reinforced 
PLA obtained from Synchrotron tomography 

Sample a11 a22 a33 

30wt%Flax 0.5 0.26 0.24 

20wt%Flax 0.53 0.25 0.22 

 

 
Fig.10. Stiffness prediction using homogenization 
technique in comparison to experiment for PLA+20wt% 
Flax 

 

 
Fig.11. Stiffness prediction using homogenization 
technique in comparison to experiment for PLA+30wt% 
Flax (A) 

 

Fig.12. Stiffness prediction using homogenization 
technique in comparison to experiment for PLA+30wt% 
Flax (B) 
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Table.4. Stiffness prediction error percentage with fiber 
geometry distribution consideration and different 
averaging methods in comparison to experiment 

Sample FLD&FOD Number 
Average 

RMS 
Average 

Skewed 
Average 

20% Flax 1.2 2.4 3.2 1 

30% FlaxA 1.6 2.8 3.9 0.5 

30%FlaxB 0.5 2.4 3.2 -0.5 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General introduction 

High performance composites made of continuous 

fibers and thermosetting resins are increasingly used 

in structural applications. However, it is well-known 

that composite manufacturing processes are prone to 

create porosity if not optimized properly [1, 2]. This 

can cause serious problems since even relatively 

minor void contents can reduce significantly the 

mechanical properties of the structure [3, 4]. Void 

formation during processing depends on the type of 

manufacturing method. For injection processes like 

Resin Transfer Molding (RTM), the quantity of 

voids is strongly dependent on the flow mechanisms 

during fiber bed impregnation [5, 6]. In autoclave 

processing, void content mainly depends on the 

consolidation pressure applied during cure [7, 8]. 

Minimization of void content has already been the 

subject of several previous works in the case of 

RTM [2, 9] and autoclave processing [3, 10]. In the 

present study, the issue of impregnation quality is 

investigated for a recently patented process called 

Flexible Injection (FI), which is currently 

implemented at École Polytechnique de Montréal to 

fabricate large structural composite parts. 

 

2 Preliminary discussion 

2.1 The Flexible Injection process 

The main fabrication steps of Flexible Injection are 

schematically depicted in Fig. 1. The manufacturing 

setup is rather similar to that of RTM tooling except 

that a flexible membrane is placed between the two 

rigid parts of the mold. This membrane divides the 

cavity in two chambers: the bottom chamber 

contains the fibrous preform; the top chamber is 

initially empty (1). Starting from this initial 

configuration, a vacuum pressure is first applied in 

both chambers. A controlled quantity of liquid 

thermoset resin is then injected in the lower chamber 

(2). After injection of the resin, the top chamber is 

filled with a pressurized incompressible fluid (called 

compaction fluid) in order to complete the 

impregnation of the fiber bed (3). Finally, the part is 

cured under constant pressure (4). 

Flexible Injection (FI) provides a faster way to 

manufacture large structural composite parts than 

classical RTM by speeding up significantly the resin 

flow during the injection stage. Moreover, this 

technology permits to apply a constant pressure on 

the composite during the entire cure of the resin. 

These potential advantages come from the upper 

cavity that is deformed thanks to the flexible 

membrane throughout the manufacturing cycle. 

However, since the thickness of the injection cavity 

changes also during mold filling, the amount of resin 

injected must be carefully controlled in order to 

reach the desired fiber volume fraction in the final 

part.  

Previous work demonstrated that Flexible Injection 

could be used to manufacture flat composite panels 

as well as relatively complex parts [11, 12]. It was 

notably shown that an appropriate selection of 

processing parameters led to a fairly uniform 

thickness profile in the final composite product. 

However, the performance of the process in terms of 

void content has not yet been fully evaluated. 

As presented above, Flexible Injection shares 

common features with both RTM and autoclave 

processing. Dry fibers are first impregnated by the 

resin during resin and fluid injection. Then, a 

constant pressure is applied on the saturated preform 

to give its final shape to the composite. This 

important consolidation stage is detailed in the next 

section.   
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2.2 Consolidation equilibrium 

Consolidation under a flexible cover takes place in 

other manufacturing techniques such as autoclave 

processing or Vacuum Assisted Resin Infusion 

(VARI). Following the approach developed in Soil 

Mechanics, this phenomenon is usually described by 

Terzaghi’s law: 

Pc = σf  + Pr
 (1) 

where Pc is the consolidation pressure (i.e., the 

compaction fluid pressure in the case of Flexible 

Injection), σf is the effective stress acting on the 

fibrous preform and Pr is the pressure in the resin. 

Note that the application of Terzaghi’s equilibrium 

as presented in equation (1) to Flexible Injection 

implies two important hypotheses. Firstly, the 

membrane is assumed to be perfectly elastic with 

negligible rigidity so that the compaction pressure is 

completely transferred to the composite. 

Furthermore, the use of scalar quantities for the 

different parameters is only valid if consolidation 

equilibrium has been attained. Such assumption 

implies that the resin is uniformly distributed in the 

cavity and no resin flow occurs. 

The term σf in equation (1) is strongly influenced by 

the fiber volume fraction Vf of the composite. Fig. 2 

illustrates this by applying Terzaghi’s law on the 

typical compaction curve of a fibrous preform. The 

compaction behavior of the fabric becomes then a 

key material property that determines the 

distribution of fiber stress and resin pressure during 

processing. As shown in Fig. 2, the equilibrium is 

influenced by two processing parameters: the 

compaction pressure Pc and the targeted fiber 

fraction Vf, which is directly driven by the amount of 

resin injected.  

It is well known that engineering fabrics used in 

composite manufacturing possess a viscoelastic 

behavior. This means that the compaction response 

of the preform changes in time during processing. In 

practice, Terzaghi’s equilibrium is valid until the 

state of the resin changes from liquid to solid 

rubbery. Consequently, the gel time of the resin is 

another processing parameter that affects the 

distribution of pressure inside the cavity. In certain 

cases, the gel time may also be too short to reach 

complete equilibrium. The resulting final part is then 

likely to exhibit local heterogeneity such as 

thickness variations for example. 

Maintaining sufficient resin pressure until gel time is 

a key issue to ensure low porosity in the final part. 

The different parameters discussed above are likely 

to influence the void content in the composite by 

affecting the pressure equilibrium. Finally, another 

important factor is the vacuum pressure Pv applied in 

the injection chamber before processing. As in other 

processes, this parameter will affect the size of the 

air bubbles created at the flow front during filling of 

the cavity and may consequently exert an influence 

on the final void content. 

 

2.3 Research objectives  

This study aims to characterize the impact of process 

and material dependent parameters on the 

impregnation quality and the consolidation 

equilibrium during Flexible Injection. The goal is to 

assess the performance of the process in terms of 

void content and determine processing conditions 

that lead to acceptable levels of porosity. For that 

purpose, two series of flat composite panels were 

fabricated in the laboratory.  The first series focuses 

on identifying the processing parameters that govern 

the impregnation quality. The second experimental 

plan is a preliminary study on preforming used as a 

tool for process optimization. The potential benefits 

of preforming, such as the improvement of resin 

impregnation and the modification of compaction 

behavior, will be discussed in the sequel. 

 

3 Experimental setup and materials 

3.1 Materials 

Parts were fabricated with a diglycidylether of 

bisphenol A (DGEBA) epoxy cured with an 

anhydride hardener. This resin was selected because 

of its important reactivity when processed at high 

temperature. A few minutes are necessary to yield 

complete cure at 140°C. Such processing conditions 

will help determine if proper impregnation can be 

achieved in extremely short manufacturing times. 

The reinforcement was an E-glass quasi-

unidirectional fabric Saeruni from Saertex. 

 

3.2 Manufacturing setup  

The mold used for this study has a rectangular cavity 

of 142 mm x 410 mm. Thicknesses of the different 

chambers are 6.5 mm for the injection cavity (hinj in 

Fig. 1) and 3 mm for the compaction cavity (hcomp in 

Fig. 1). The mold is equipped with sensors for 

measuring the compaction pressure and the resin 
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pressure at the injection gate and vent. Prior to 

injection, the tooling was heated with electrical 

plates to ensure a temperature of 140°C inside the 

cavity. 

Resin was injected at room temperature with a 

pneumatic gun that allows a precise control of the 

injected quantity. A specially devised machine was 

used to inject the compaction fluid. The fluid was 

pre-heated at 100°C before injection in order to 

avoid any significant cooling of the mold. The 

compaction machine was controlled by a Labview 

program that records the pressure measured by the 

different sensors. After filling of the compaction 

cavity, a constant pressure was finally imposed on 

the fluid during the entire consolidation stage. 

 

4 Manufacturing with non-preformed fabric 

Previous studies on Flexible Injection   involved 

spraying a small amount of reactive binder on the 

fibers to prepare semi-rigid preforms. It was 

observed that such procedure improved the thickness 

uniformity of the final part and limited the creation 

of processing defects in strongly curved sections 

[13]. However, preforming of the fiber bed 

introduces an additional manufacturing step and can 

be viewed as an impediment to shorten cycle time. 

Consequently, the fabrications of the first 

experimental plan were carried out using raw, non-

preformed reinforcement in order to evaluate the 

influence of process parameters on the pressure 

distribution inside the mold. Moreover, the results 

obtained will help verify if preforming is a necessary 

step for an effective implementation of Flexible 

Injection. 

 

4.1 Experimental plan 

The first experimental plan included the fabrication 

of 10 test specimens. The processing parameters are 

summarized in Table 1. Three parameters were 

investigated: the fiber volume fraction, the 

compaction pressure and the vacuum pressure 

applied in the cavity. The influence of these factors 

on the consolidation equilibrium was evaluated by 

studying the pressure evolution during processing. 

After demolding, visual inspection and void content 

analysis were conducted to assess the impact of 

processing conditions on the overall impregnation 

quality of the composite.   

 

 

4.2 Pressure analysis 

Fig. 3 shows the pressure profiles recorded during a 

typical experiment (in this example, fabrication of 

part 2). Injection of the resin corresponds to the 

temporary increase of inlet pressure visible between 

10 to 20 seconds. Injection of the compaction fluid 

begins 10 seconds later. After filling of the 

compaction cavity (around 35 s), the compaction 

pressure is raised to 600 kPa. As this stage is 

manually controlled, a small adjustment is necessary 

around 80 seconds to maintain the desired pressure. 

As seen in Fig. 3, this changes instantaneously the 

resin pressure and shows that the resin is still liquid 

inside the mold. At 90 seconds, the resin pressure at 

the vent starts decreasing whereas the compaction 

pressure is kept constant. This observation indicates 

that the resin has gelled at the vent location. This 

phenomenon occurs later (around 130 s) at the 

injection gate. This difference is not surprising since 

the resin particles located at the inlet and near the 

vent exhibit different thermal histories.  

To estimate the consolidation equilibrium before 

solidification of the resin, the resin pressure at gel Pr 

was calculated as an averaged value on a 5-second 

interval before the gel time. Knowing the 

compaction pressure Pc, it was finally possible to 

estimate the effective stress of the fibers σf according 

to Terzaghi’s law (1). 

 

4.3 Visual inspection 

Based on past experience on the process, the 

experimental plan was started with the following 

parameters: Vf = 58%, Pc = 600 kPa and full vacuum 

(part 2). Fig. 4 shows that the part is visually correct. 

Nevertheless, when increasing Vf, a manufacturing 

defect appeared on the fabricated specimens. As 

shown in Fig. 5, a dry spot of non-impregnated 

fibers is visible near the vent port of the panel. Note 

that the case presented here (i.e. part 7) is the worst 

result obtained and that some of samples (part 2 and 

3) did not exhibit any important defect. 

To explain the creation of the dry zone, the specific 

filling pattern associated with Flexible Injection 

must be discussed (see Fig. 1). The originality of the 

process relies on a two stage impregnation of the 

fiber bed: resin flows above the preform during 

stage 2, followed by through-thickness wetting of 

the fibers during stage 3. In practice, this is ensured 

by the compaction fluid which deforms the 

membrane in a wavelike manner (step 3) and pushes 

the resin towards the vent and inside the preform at 
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the same time. However, this desired filling pattern 

may not always be possible when using a non-

preformed fiber bed. As a matter of fact, the natural 

fiber volume fraction of the fiber plies is relatively 

low (around 37 % which corresponds to a 9 mm 

thickness). Therefore, the open gap between the 

membrane and the top mold is likely to be very 

narrow once the mold is closed. With such a 

configuration, the resin will mostly impregnate the 

fibers during the injection stage. When the 

compaction fluid is injected, the progression of the 

resin towards the vent becomes then slower than 

expected. Consequently, the compaction fluid front 

may overlap the resin front. At this stage, resin has 

to impregnate the fabric longitudinally as in RTM. 

Moreover, the rest of the dry fabric is compacted by 

the compaction fluid, thus inducing a large drop in 

the permeability of the fiber bed. Important edge 

effects are then likely to occur at the end of mold 

filling. Once the preferential flow channels are 

filled, the resin exits the mold and the vent is 

clamped. A non-impregnated zone is thus created in 

the region close to the vent outlet.   

After closing of the vent, pressure is applied on the 

resin so that it will continue to flow in the 

unsaturated region. However, the impregnation of 

the preform is not completed since a dry sport exists 

on the final part. Two hypotheses can be formulated 

to explain this observation: 

- At some point, the air pressure in the dry zone 

equals the resin pressure and the flow stops. 

- Pressure equilibrium is not reached before gel. 

The mechanisms of dry sport creation are discussed 

in the next section by analyzing the size of the 

defects observed for different manufacturing 

conditions.  

 

4.4 Analysis of dry spot size 

To estimate the dry spot size, pictures of the plates 

were taken with a standard reflex camera. A hard 

light source was place behind the specimen to 

increase the contrast at the boundary of the non 

impregnated zone. The images were analyzed with 

an edge detection program developed with Matlab. 

The surface calculated by this program was finally 

multiplied by the measured thickness of the part to 

give the dry spot volume as reported in Table 1.  

In Fig. 6, the dry spot volume is plotted versus the 

resin pressure at gel time. As expected, the size of 

the dry zone decreases with resin pressure. 

Moreover, the defect is eliminated for a resin 

pressure above 500 kPa. Two process parameters 

have a direct influence on resin pressure: the fiber 

volume fraction Vf and the compaction pressure Pc. 

At fixed Vf, increasing the compaction pressure will 

increase resin pressure. This is illustrated by parts 1, 

2 and 3 respectively manufactured with Pc = 200, 

600 and 1000 kPa. A dry spot exists in part 1, 

whereas no defect is detected in parts 2 and 3. This 

shows that for a fiber volume fraction of 58%, the 

compaction pressure has to be between 200 and 600 

kPa to create a sufficient resin pressure in order to 

prevent the apparition of dry spots in the final part.  

For a fixed compaction pressure, the resin pressure 

will be a direct function of Vf. In fact, increasing the 

fiber volume fraction will have three consequences 

that may affect the dry spot size: 

- decrease in Pr ; 

- increase of the initial dry spot size after closing  

the vent (due to a lower quantity of resin 

injected) ; 

- reduction of fabric permeability that may slow 

the impregnation after passing over the resin 

front by the compaction fluid front.  

As these three consequences promote the creation of 

larger dry spots, it appears that decreasing Vf is the 

only possible way to eliminate the dry spot if the 

compaction pressure is limited to a maximum value.  

The vacuum pressure Pv is also expected to affect 

the size of the dry zone since it represents the 

pressure inside the cavity when the defect is created 

(i.e., when the vent is closed). Fig. 7 shows the size 

of the dry spot observed on three parts fabricated at 

an expected Vf of 62 %, with complete vacuum (-95 

kPa), half vacuum (-50 kPa) and without vacuum in 

the injection chamber. As expected, the dry sport is 

smaller for a more complete vacuum. It is also 

interesting to note that the resin pressure is 

correlated to the final size of the dry spot. Since the 

quantity of injected resin is constant, a larger dry 

spot implies a lower fiber volume fraction in the 

impregnated zone. As a result, the consolidation 

equilibrium is modified and Pr increases as shown in 

Fig. 7. 

Finally, the influence of gel time was studied by 

decreasing the amount of catalyst mixed with the 

resin. This new formulation resulted in an increase 

of the gel time from 80 seconds to 270 seconds. Two 

parts were reproduced with this resin: part 9 similar 

to part 5 which had a dry spot of normal size and 

part 10 similar to 7 and exhibiting the biggest defect. 

In the first case, the dry sport has completely 
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disappeared and the part seems well impregnated. In 

the second case, only a tiny dry area remains visible. 

This defect concerns a few fiber bundles which seem 

to be partially saturated and its size is too small to be 

quantified by the image analysis program. These 

observations prove that a longer gel time permits to 

reduce the formation of dry spots. Consequently, the 

hypothesis stating that pressure equilibrium exists 

between the resin and the air contained in the dry 

spot can be refuted. With the recommended resin 

formulation used for parts 1 to 8, the gel time is 

indeed too short to reach pressure equilibrium in the 

mold cavity. 

 
4.5 Void content analysis 

Except for the dry spot, no visible defects were 

detected in the rest of the panels. A matrix digestion 

procedure based on pyrolysis was used to 

characterize the impregnation quality in this 

apparently well-impregnated zone. Each part were 

cut to remove the dry zone when needed and 3 

samples of dimensions 25 mm × 25 mm were taken 

in the composite plate (one on each side and the 

third one in the middle). Void content and fiber 

volume fraction of these samples were estimated 

according to norm ASTM D2734. 

For parts fabricated under full vacuum and Pc = 600 

kPa, the measured fiber volume fraction is reported 

in Fig. 8 according to the effective stress estimated 

from Terzaghi’s law. The results are representative 

of a typical compaction behavior and can be 

interpolated by a classical power law model (solid 

line in Fig. 8): 

σf  =A . Vf
B (2) 

As already mentioned, the compaction response of 

an engineering fabric depends strongly on time. The 

behavior of the fiber bed can also be sensitive to 

other factors such as temperature or lubrication 

induced by resin saturation. As a consequence, the 

compaction behavior characterized by compression 

tests on a regular testing machine may not always be 

representative of the real process. In that sense, the 

compaction curve of Fig. 8 is particularly interesting 

since it represents the actual processing behavior.   

For parts fabricated under full vacuum, the evolution 

of void content with resin pressure Pr shows the 

expected behavior in Fig. 9, i.e., increasing Pr tends 

to reduce the void content. Note that all measured 

void contents are under 1% with standard deviations 

under 0.1%, i.e., the quality of the specimens is quite 

uniform. 

 

5 Fabric preforming 

As mentioned earlier, previous investigations on 

Flexible Injection showed that the use of preformed 

fabrics brought many advantages in terms of process 

implementation and final quality. For example, 

preforming facilitates the handling of the fiber bed 

and prevents fiber wash-out during injection. 

However, in-depth knowledge of the impact of 

preforming on the physical phenomena taking place 

during manufacturing still needs to be developed. 

 

5.1 Expected advantages and drawbacks 

In a previous study on curved part manufacturing by 

Flexible Injection, it was shown that the use of a 

preforming binder has an influence on the 

mechanical response of the reinforcement [13]. Two 

main advantages brought by preforming can be 

deduced from this preliminary work. Firstly, 

preforming allows increasing the natural fiber 

volume fraction of the fabric. In the case studied 

here, reducing the thickness of the fiber bed 

enhances the resin flow in the cavity as well as the 

injection of the compaction fluid. Indeed, a larger 

free space is created between the preform and the 

top mold. Such configuration should promote flow 

in the open gap followed by through-thickness 

impregnation and result in a more uniform resin 

distribution. Secondly, preforming changes the 

compaction behavior of the fabric. This effect is 

illustrated schematically in Fig. 10, which shows a 

shift of the compaction curve induced by 

preforming. Such modification can give many 

advantages during manufacturing. For example, for 

a targeted Vf of 60% and a fixed compaction 

pressure Pc, preforming rises the resin pressure Pr. 

Inversely, if Pr is sufficient, then preforming allows 

processing at a higher Vf or a lower Pc. In an 

industrial application, lowering Pc can substantially 

reduce tooling costs. 

However, it is important not to forget that 

preforming can have a negative impact on process 

performance. One of the main drawbacks during the 

resin flow stage lies in the decrease of permeability 

due to compaction. In addition, the spatial 

distribution of the preforming binder must be as 

uniform as possible to avoid local thickness and 

permeability variations. Finally, the presence of a 
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binder can result in a lower mechanical 

performance. In particular, the matrix-binder 

interface must not create local weakness in the 

composite structure. 

 

5.2 Preforming procedure 

Fibrous preforms were prepared by manually 

spraying a liquid thermoset binder on both sides of 

each fabric ply with a paint gun. The stacking was 

then compressed to a desired preforming thickness 

between rigid plates until cure of the binder. Two 

types of binder were used in the study: the epoxy 

resin used for manufacturing and a peroxide cured 

vinylester resin. When using the epoxy binder, the 

plates of the press were heated to 140°C, whereas 

the preforms containing the vinylester binder were 

prepared at room temperature. In all cases, the 

quantity of binder represented approximately 1% of 

the fiber total weight. 

 

5.3 Results on a compression testing machine 

Compaction tests were conducted to characterize the 

fabric behavior and show the influence of 

preforming. Samples of 50 mm × 50 mm consisting 

of 9 fabric plies were compressed with an 

INSTRON testing machine equipped with parallel 

plates. The experiments were carried out at room 

temperature using the following test sequence: 

- constant speed compaction at 10 mm/min from 

natural thickness to the desired fiber volume 

fraction for the test Vf,t ;  

- relaxation at Vf,t during 30 min ; 

- decompaction at 10 mm/min. 

Large preforms were first prepared with the epoxy 

binder. Three preforming fiber volume fractions Vf,p 

were used during the preforming operation. Smaller 

samples were cut out of the preforms and tested as 

described above together with non preformed 

specimens. The following ranges of fiber volume 

fraction were investigated during the tests:  

- Vf,t = 56-72 % for non preformed fabrics 

- Vf,t = 56-66 % for preforms at Vf,p  = 61 % 

- Vf,t = 60-68 % for preforms at Vf,p  = 64.6 % 

- Vf,t = 66-72 % for preforms at Vf,p  = 70.1 %   

Each compaction test was repeated three times. 

The effective stress measured after 80 seconds of 

relaxation was used to estimate the compaction of 

the fiber bed at gel time. Results are reported in Fig. 

11 for the raw fibrous reinforcement and for a 

preform prepared at Vf,p = 61 %. Solid lines were 

obtained by fitting the experimental data with the 

power law model (2). As observed in Fig. 11, the 

two compaction curves cross each other close to the 

preforming fiber fraction Vf,p. For fiber volume 

fractions lower than Vf,p the preform is easier to 

compact than the raw material. On the other hand, 

the preform becomes more rigid when the fiber 

fraction exceeds Vf,p. This observation tends to 

confirm previously obtained results reported in 

Causse et al. [13].  

As shown in Fig. 12, the same behavior is observed 

for other preforming conditions. Note that for sake 

of clarity, this figure only plots the power law model. 

Fig. 12 clearly shows that preforming can have a 

beneficial effect on the processing quality. Indeed, 

preforming at a fiber volume fraction Vf,p higher than 

that of the final part will increase resin  pressure 

during manufacturing compared to a non  preformed 

reinforcement. However, the preforming stage can 

become detrimental if the targeted Vf of the final part 

is higher than Vf,p. 

 

5.4 Manufacturing experiments 

As already discussed, compaction results obtained 

with a testing machine may not be perfectly 

representative of a real manufacturing process. 

Moreover, some potential drawbacks such as a 

decrease in permeability cannot be studied with a 

compression testing machine. In order to verify the 

positive impact of preforming on the pressure 

distribution in the cavity, four test parts were 

manufactured with preformed fiber beds. Preforming 

and processing conditions used during this second 

series of fabrications are reported in Table 2. All the 

experiments were conducted with full vacuum 

pressure. 

Fig. 13 shows the effective stress deduced from the 

pressure distribution recorded during manufacturing. 

As can be seen, all data points are located under the 

compaction curve obtained with non preformed 

fabrics. This confirms that preforming allows 

increasing resin pressure during processing by 

modifying the compaction behavior of the 

reinforcement.    

By decreasing the natural thickness of the fiber 

stacking, it was also expected that preforming could 

modify the filling pattern and eventually eliminate 

the dry spot. However, visual inspection of parts 11 

to 13 revealed another type of impregnation issue. 

As shown in Fig. 14, parts fabricated with the epoxy 

binder possess a very poor visual aspect. These 

defects are not full dry zones, but look like regions 
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of low saturation. A possible explanation of this 

behavior is connected with the binder, which may 

locally prevent the impregnation of the fiber 

bundles. This problem could be caused by the low 

viscosity of the epoxy binder at the high temperature 

imposed during preforming. Under such conditions, 

the binder may migrate into the fiber bundle and 

subsequently hinder fiber wetting at the microscopic 

scale.  

In order to investigate this possibility, the last test 

part was manufactured with a vinylester binder, 

which remains more viscous during the preforming 

stage. Fig. 15. shows that the resulting part exhibits 

a good surface appearance. Finally, it is interesting 

to note that the dry spot has also been completely 

eliminated.  This suggests that a more uniform resin 

distribution at the end of the filling stage can indeed 

be achieved when working with preformed fabrics. 

 

6 Conclusion 

This study investigated the performance of Flexible 

Injection (FI) for fast processing of high 

performance composites. An experimental setup was 

first devised for high temperature fabrication of 

composite panels with a short cycle time. The mold 

was instrumented with pressure sensors to study the 

consolidation equilibrium that takes place during 

processing. A series of test parts were fabricated for 

various manufacturing conditions using non 

preformed fabrics. As predicted by Terzaghi’s law, 

the resin pressure recorded during processing is 

strongly influenced by the compaction pressure and 

the fiber volume fraction of the final part.  

Void content analysis showed a low and decreasing 

level of porosity when the resin pressure increases. 

However, an important defect in the form of a dry 

spot near the vent is present in some specimens. This 

manufacturing default was attributed to an 

inappropriate filling pattern and premature gel of the 

resin. Additional experiments conducted with 

preformed fiber beds showed that preforming could 

eliminate this defect. Furthermore, compression tests 

were carried out to evaluate the impact of 

preforming on the compaction behavior. Results 

indicate that preforming can be used to tailor the 

mechanical response of the fabric and eventually 

modify the consolidation equilibrium during 

processing. 

 

Table 1. Description of the parts fabricated without 

preforming (* stands for a long gel time resin) 

Part 

number 

Vf 

(%) 

Pc 

(100*kPa) 

Pv 

(kPa) 

Dry 

spot size 

(cm
3
) 

1 58 2 -95 2.9 

2 58 6 -95 0 

3 58 10 -95 0 

4 60 6 -95 0.4 

5 62 6 -95 1.0 

6 62 6 -50 6.7 

7 62 6 0 9.8 

8 64 6 -95 3.8 

9* 60 6 -95 0 

10* 62 6 0 0 

 

Table 2. Description of the parts fabricated after  

preforming 

Part 

number 

Vf 

(%) 

Pc 

(100kPa) 

Binder 

type 

Vf,p 

(%) 

11 60 6 epoxy 61 

12 62 6 epoxy 64.6 

13 66 6 epoxy 70.1 

14 60 6 vinylester 61 
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Fig. 1. Description of Flexible Injection (FI). 

 

Fig. 2. Illustration of Terzaghi’s law on the typical  

compaction curve of a fibrous reinforcement. 

 

 

 

Fig. 3. Typical pressure evolutions measured in time 

during Flexible Injection. 

 

Fig. 4. Photograph of part 2 (Vf = 58%, complete 

vacuum and Pc = 6 bars). 

 

 

Fig. 5. Photograph of part 7 (Vf = 62%, no vacuum 

and Pc = 6 bars) showing an important dry spot close 

to the vent. 
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Fig. 6. Evolution of dry spot volume with resin 

pressure Pr. 

 

Fig. 7. Influence of vacuum pressure Pv on dry spot 

volume and resin pressure. 

 

Fig. 8. Compaction curved obtained from fabrication 

data. 

 

Fig. 9. Evolution of void content with resin pressure 

Pr . 

 

Fig. 10. Schematic illustration of the effect of 

preforming on the consolidation equilibrium. 
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Fig. 11. Influence of preforming on the compaction 

behavior characterized with a testing machine. 

 

Fig. 12. Influence of preforming conditions on the 

compaction behavior. 

 

Fig. 13. Effect of preforming as observed from 

fabrication data. 

 

Fig. 14. Comparison of parts fabricated at Vf = 60 % 

without preforming (up, part 4) and with preforming 

at Vf,p = 61 % with epoxy binder (down, part 11). 

 

Fig. 15. Comparison of parts fabricated at Vf = 60 % 

with preforming at Vf,p = 61 % with epoxy binder 

(up, part 11) and vinylester binder (down, part 14). 
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1 Introduction  

Composites formed by a dielectric ceramic or 
polymer matrix and a conductive filler are very 
interesting materials since their physical properties, 
such as optical, electrical and magnetic properties as 
well as tribological, corrosion-resistance and wear 
properties can be tailored, which makes them 
attractive for many new electronic, optical, magnetic 
and structural applications. In particular, the 
introduction of carbon based nanoparticles, such as 
CNTs or CNFs, in polymeric or ceramic matrices 
has led to the development of materials for a wide 
variety of new applications [1], and devices based on 
tunable electrical conductivity [2], piezoresistivity 
[ 3 ], magnetoresistivity [ 4 ] or electromagnetic 
shielding [5]. CNTs are subject to much stronger 
Van der Waals forces than CNFs, so it becomes 
necessary to disperse or functionalize CNTs, 
increasing production costs. Unlike conventional 
composites, the electrical percolation threshold in 
these systems is more complex. To determine 
percolation and dielectric dispersion studies have 
focused as a rule in the frequency range up to 106 

Hz, where standard capacitance and impedance 
measurements can be carried out.   

2 Experimental 

Two systems of dielectric-conductor composites 
(multiwalled carbon nanotubes with poly(ethylene 
terephthalate) – PET-MWCNT (0–3 vol%) and 
alumina-carbon nanofibers – Al2O3-CNF (0–9 vol%) 
were studied using standard low-frequency dielectric 
measurements, microwave open-end coaxial 
technique, time-domain THz transmission, Fourier-
transform infrared spectroscopies and DC resistivity. 
The effective AC conductivity and permittivity 

spectra were determined in the extremely broad 
frequency range (10-4 – 1014 Hz) and in a broad 
temperature range (5 – 380 K), focused on the 
percolation threshold and its vicinity. 

3 Results and Discussion 

CONDUCTIVITY AND DIELECTRIC RESPONSE OF CARBON-
BASED COMPOSITES IN A BROAD FREQUENCY RANGE 
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Fig.1. Dielectric permittivity and AC conduc-
tivity spectra of PET-MWCNT composites at 
room temperature in a broad frequency range. 
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A very low electrical percolation threshold of PET-
MWCNT (0.07 vol% MWCNT) was revealed from 
the low-frequency conductivity plateau (Fig. 1) as 
well as from DC conductivity, whose values show 
up the same critical power dependence on the 
MWCNT concentration with the exponent of 4.3. 
Temperature dependence has shown semiconductor 
behavior with small concentration-independent but 
temperature dependent activation energy of ~3 meV. 
The behavior is compatible with the fluctuation-
induced tunneling conductivity through a thin 
(~1 nm) polymer contact layer between the adjacent 
MWCNTs within the percolated clusters. At higher 
frequencies, deviations from the simple universal 

conductivity behavior are observed, which indicate 
some distribution of energy barriers for the electron 
hopping mechanism. Behavior of the frequency 
dependent AC conductivity and permittivity (Fig. 1) 
around the percolation threshold will be discussed 
and compared with the predictions of the effective-
medium models and critical power-laws. 

In opposition to polymer composites, in the Al2O3-
CNF system the percolation is dependent on the 
grain size and composite microstructure. Changes of 
several orders of magnitude in the low frequency 
conductivity have been detected for concentrations 
of ~1–3 vol% CNF. Remarkably, the DC 
conductivity is higher in the sample with 1 vol% 
CNF than in the sample with 2 vol% CNF (Fig. 2). 
To explain these results, a modified percolation 
model was proposed based on the core-shell 
structure idea, taking into account the effect of the 
minority phase concentration (CNF in the shells) on 
the DC conductivity of the composite (considering 
percolation in the shells). 
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Fig.2. Dielectric permittivity and AC 
conductivity spectra of Al2O3-CNF composites at 
room temperature in a broad frequency range. 
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1 Abstract 

The use of both thermoplastic composites and 

Automated Fiber Placement (AFP) as means of 

manufacturing is attracting more interests in recent 

years. One of the main differences between the 

thermoset and thermoplastic composites is that in 

thermoplastics it is necessary that temperature be 

close to the melting point to shape the desired 

profile. Combination of anisotropy, high temperature 

processing and non-isothermal cooling of the part in 

AFP manufacturing leads to internal residual 

stresses in the part. Due to high temperature and 

local pressure used in AFP the viscoelastic behavior 

of material and part changes from point to point. 

This can give rise to residual stresses and unwanted 

deformation.  

  

2 Introduction 

During the manufacturing process of a 

multilayer part, each layer behaves differently to the 

process-induced stress throughout time, and each 

layer will have different through-thickness strain 

accordingly. In the AFP manufactured part a 

difference in thickness of different layers is 

observed. In this research the behavior of layers 

during manufacturing process is studied in finite 

element analysis. 

In a multilayer composite, where each layer is 

deposited upon the former layer, the pressure on 

each layer will follow some cyclic pattern. As the 

head of the AFP machine passes each point by 

adding new materials, and as the former layer is not 

completely solidified, the viscoelastic behavior will 

also follow the same pattern. The schematic figure 

of the fiber placement head and material is depicted 

in Figure 1. The through-thickness deformation of 

layers during manufacturing is mainly dominated by 

the pressure imposed on the part by the roller. 

This imposed stress of the roller during 

manufacturing is the main focus of this study with 

the consideration of relaxation. Effect of number of 

roller passes and timing between each pass is 

studied. The effect of change in temperature and 

residual stress due to different coefficients of 

thermal expansions of constituents materials is to be 

subjected to further investigations in future works. 

 

 

Fig 1 The schematic figure of tape deposition in fiber 

placement [2] 

The result of this study shows that the residual strain 

or stress will converge to an approximate constant 

value. 

3 Modeling Procedure 

 

Sunderland, et. al studied residual stress 

induced by manufacturing process in thermoplastic 

composites, by taking into account the vicoealsticity 

and anisotropy of material [1]. The generation and 

relaxation of stress in this paper is considered, the 

numerical approach in the current research is similar 

to what that is used in the cited paper. The main 

reason that viscoelasticity and mainly relaxation is 

considered in process-induced stress is that since the 

material is manufactured in high temperature the 

matrix will be soft and viscoelastic. This will result 

in relaxation of the stress and considering thermo-

MODELING OF DEFORMATION OF LAYERS IN 

THERMOPLASTIC COMPOSITES MANUFACTURED BY 

AUTOMATED FIBER PLACEMENT 
 

H. Ghayoor
1
, S. V. Hoa

1
* 

1
 Concordia Center for Composites, Department of Mechanical Engineering, Concordia 

University, Montreal, Canada, H3G 1M8 
* Corresponding author (hoasuon@alcor.concordia.ca) 

 

Keywords: keywords list (no more than 7) 

ICCM19 1236

mailto:hoasuon@alcor.concordia.ca


elastic analysis for the generation of stress would be 

over-estimated.  

During the manufacturing and solidification of 

the part the behavior of the fibers does not change 

and it is the matrix that solidifies and behaves 

viscoelastically. Both time and temperature make a 

contribution to the deformation in the matrix, and 

composite. There are several models to describe 

relaxation behavior of polymers among those Prony 

series for the use of numerical analysis has several 

advantages [3]. The stress relaxation formula of the 

material using Prony series and is: 

0

1

) 0) exp
N

j

j j

t
t    



 
      

 
   (1) 

in which the j  is relaxation time of each Maxwell 

element and depends on the viscoelastic behavior of 

the material. Time temperature superposition can be 

applied to large number of polymers and a shift 

factor for different temperature can be derived 

empirically. Relaxation behavior of the material is 

dependent on the temperature itself, in which the 

relaxation modulus shifts by a according to WLF 

equation: 
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Where C1 and C2 are 17.44 and 51.5 are 

respectively, and they are evaluated empirically [4]. 

in case that Tg is used for the reference temperature 

of T0. With the use of time-temperature 

superposition principle the behavior of matrix under 

the stress history, with effects of time and 

temperature is modeled.  

From equation (1) we can define the 

characteristic relaxation function, which includes the 

time-independent deformation that is represented by 

0 [4]. The relaxation function is as follows 
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Thermo-mechanical stress in viscoelastic solid 

from an unstressed reference can be expressed by 

the equation: 

 

 , ) , ), ( , ); ,s t

sx t F x s T x s x t 

     (4) 

 

Where  and   are stress and strain at the place 

x and the time t. And T is the temperature at x. 

And F is is the function that takes into every 

small strain history and temperature history into 

account of stress at the given time and location. 

This equation can then be modified into 

equation 5 for the finite element analysis.   
The constitutive equations for the finite 

element analysis can be expressed in a general 

convolution integral with regard to time-temperature 

superposition principle: 
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t
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In which T refers to temperature and t to the 

time. And accordingly 
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It should be noted that relaxation modulus, C, in 

equation three is a function of temperature at its core 

as the master curve would shift by different 

temperatures and using WLF equation.  

For the numerical analysis the formulation that 

is used considers that the warpage-related 

displacement negligible [1] and the expression for 

the finite element equation for an element would be 

according to formula 6. 

( ,

t
jT

i ij

v

B C T t B d dv
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Where B is the strain-displacement transformation 

matrix: 

 

[ ][ ]B u        (8) 

 

Using this formulation for viscoelastic we can 

calculate the effective properties of PEEK-Carbon 

composites with analysis of unit cell and finite 

element analysis. For this reason a 2D finite element 

model in microscopic scale is developed to achieve a 

better insight into the deformation behavior of the 
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composite. In [5] the details of viscoelastic finite 

element modeling of materials are explained. 

Boundaries of layers play a role on the 

behavior of the material in the micro-scale[6]. This 

effect is not immediately in the scope of this 

research and the focus is to determine the 

viscoelastic behavior of composites under certain 

manufacturing conditions. As a result a series of 

analysis has been done to reduce the effects of free 

edges and also the rigid edge at the bottom to find 

out the material properties under loading. To 

eliminate the effects of boundary conditions, the 

number of unit cells in both directions in the model 

was increased until a constant periodic behavior of 

single rectangular unit cell is reached. A similar 

stress to what it is in the manufacturing process, 

pressure from the AFP head, is imposed in the finite 

element process. The part is constrained to move at 

the bottom which will act as mold in the material, 

and the stress was imposed from the top of the 

model in finite element model. 

 

 

 

Fig 2 Periodic arrangement of 1, 3 and 5 adjacent unit 

cells in finite element modeling. 

 

To eliminate the effects of boundaries in the 

behavior of the material, firstly in a row the number 

of unit cell was increased to reach a constant 

behavior (Figure 2). The graph in Figure 3 shows 

that the maximum displacement of the central unit 

cell in both x and y directions reach a constant value 

with seven adjacent unit cells. It can be derived 

number of five or more side by side unit cell is a 

good estimate to eliminate the effect free sides in the 

displacement of the single center unit cell. 

 

 

 

Fig 3 Maximum displacement of central unit cell with 

different number of side-by-side fibers. 

The same approach is used to decrease the 

effects of top and bottom boundary conditions in the 

behavior of the unit cell. To achieve the behavior of 

unit cell in this specific type of stress, number of 

five unit cells is chosen and the number of unit cell 

rows was increased in the y direction. The maximum 

displacement and the strain in y direction of central 

unit cell in the middle row were measured until a 

constant value was achieved.  

 

 

 

Fig 4 The five by three arrangement of unit cells and 

center unit cell. 
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Fig 5 The strain in y direction for the center unit cell with 

increasing number of rows. 

With the increase in the number of rows the 

maximum displacement was also increasing and 

diverging, this is mainly because the distance from 

the constant boundary condition or With these 

analyses one can propose that five by five series of 

unit cell attached together gives good result for the 

middle unit cell and the behavior of the center unit 

cell can be studied. The center cell in a five-by-five 

unit cell block is far enough from boundaries that we 

can tell that boundary conditions have no influence 

on the behavior of the center unit cell. 

 

 

Figure 6 block of five-by-five unit cells analyzed in 

Abaqus 

 

New periodic boundary conditions has been 

developed and compared to this model. On the 

subject of boundary conditions Sun and Vaidya 

developed a thorough modeling procedure which 

considers different types of loading that includes 

normal loading, transverse shear loading, and 

longitudinal shear loading [7]. For the case of 

residual stress it is very crucial to understand the 

types of loading that is applied on the material and 

choose the correct boundary conditions accordingly. 

Also, another important issue is the viscoelasticity, 

as the effects of free boundaries are more significant 

when we are dealing with viscoelasticity. With time, 

the strains would reside in a viscoelastic material, so 

small differences or errors in the analysis could 

accumulate in the material with time.  

The homogenization process and finding the 

viscoelastic properties of the material is done by 

averaging the strains on boundary conditions of the 

central unit cell and calculating the stress on these 

boundaries and eventually finding the relaxation 

modulus of the  Carbon/PEEK composites.  

1
ij ij

V

dV
V

        (9) 

 

where V is the total of volume of the Unit Cell 

and ij is the average strain.  ij  is the local 

strain and to avoid discontinuity between Unit 

Cells it should be continues on the boundaries 

with the neighboring Unit Cell, which the 

periodic boundary conditions comes into the 

picture, that will be discussed in the following. 

The average stress also would be, 

i
ij

j

P

a
                 (10) 

 

where iP is the force applied on the boundary 

condition, this case is axial compression force, 

and ja is the surface area that force is applied to. 

The average modulus properties would be: 

ij

ij

ij

E



                (11) 

 
This is in the case of elastic, for the case of 

viscoelastic and creep a constant stress is applied 
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and the strain is changing, so the relaxation modulus 

is going to be, 

( )
( )

ij

ij

ij

E t
t




                (12) 

 

This relaxation modulus has been used in the finite 

element formulation of viscoelastic material that is 

used in equation 7.  

A novel periodic boundary condition has been 

used in this study that simplifies the procedure and 

decrease the computation time. In the case of 

viscoelastic finite element modeling the computation 

can be very inefficient, as with every change in the 

stress history the whole analysis should be repeated 

again. The boundary conditions used in this study 

acquired with a change in the system stiffness matrix 

of the elements. This change is designed in a way 

that local displacement on one boundary of element 

is equal to the one on the other side. 

 
 

Figure 7 The schematic shape of a homogenized unit cell 

 

In other words, considering Figure 7 we can 

conclude, 

( ) ( )x x au y u y               (13) 

 
The system stiffness matrix is changed that the 

nodes on one side of the element is attached to the 

nodes on the other side as in depicted in Figure 8. 

 
 
Figure 8 The attachment of the nodes for periodic 

boundary conditions depicted. 
 

 

An eight-node two dimensional solid element 

with reduced integration was used for this study. 

Normally the element has sixteen degrees of 

freedom; however for the case of this type of 

periodic boundary conditions the element will have 

ten nodes. How nodes are attached to each other in 

the system stiffness matrix of the material is 

depicted in the Figure 8. The degrees of freedom are 

assembled in the stiffness matrix accordingly. If we 

assume that node n has vertical degree of freedom of 

2n-1 and horizontal degree of freedom of 2n then the 

system assembly will be according to the Figure 9. 

For instance, the degrees of freedom for a single 

element that goes from number one to number 

sixteen. The degrees of freedom from eleven to 

sixteen were assembled to the degrees of freedom 

one to six. 
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Figure 9 Depiction of assembly process of system 

stiffness matrix of a periodic boundary condition for one 

element 

 

There are several studies on the subject of 

Unite Cell, Representative Volume Element and 

with an emphasis on periodic boundary conditions 

for the case of composite materials [7,8,9] That they 

used analytical method for periodic boundary 

conditions. In this study a somewhat simpler method 

is proposed and explained. Using this method can 

reduce computation time and avoid complications. 

In Figure 10, the maximum displacements of two 

different scenarios are depicted. The blue line shows 

maximum top displacement of the center element in 

the row of elements next to each other, and the red 

dashed line shows the top displacement of elements 

with the proposed periodic boundary conditions. 

 

Figure 10 The top displacement in two different systems, 

blue line without periodic boundary conditions, the red 

line with proposed periodic boundary conditions. 

As it can be seen the displacement at the top of the 

central element after increasing the number of 

elements to ten elements converged to displacement 

of one single element with periodic boundary 

conditions. This can reduce the number of degrees of 

freedom to one sixth compared to one without the 

periodic boundary condition. And also is a proof that 

the new proposed periodic boundary condition gives 

accurate result. In the analysis this method is used 

for the finite element analysis.  

 

3 Results 

For increasing the number of fibers in one 

single tape in its thickness the number of elements 

with periodic boundary conditions increased on top 

of each other. The elements with homogenized 

viscoelastic behavior of Carbon/PEEK and periodic 

boundary conditions were employed as unit cells. 

Accordingly, deposition of another layer was 

achieved by adding number of elements on top of 

the deformed first layer. The act of roller was 

modeled with applying temporary pressure on top of 

each layer.  The effect of different type of stress on 

displacements is studied. 

Figure 11 Displacement of one layer subjected to one-step 

stress with the type of stress depicted on the top right 

corner. 

 

Figure 11 shows the creep behavior of the material 

subjected to one pass of the roller with step function 

as the stress. 
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Figure 12 Displacement of one layer subjected to two-step 

stress with the type of stress depicted on the top right 

corner. 

 

In Figure 12 the effect of passing by the roller twice 

on top of the first layer is shown. As it is shown the 

displacement that happening is sharp and instantly, 

this is mainly because that stress is applied as of a 

step function by the use of a ramp function for the 

stress, we will achieve a much smoother 

displacement behavior. Ramp function is also more 

realistic for the case of pressure applied on the 

material by the roller; this is depicted in the Figure 

13 which shows the pick of the displacement is less 

sharp. 

 Figure 13 Displacement of one layer subjected to one-

step ramp stress function with the type of stress depicted 

on the top right corner. 

In the next step of analysis multilayer deposition of 

tapes on top of each other has been studied. The 

series of layers are deposited on top of each other 

and the effect of time and stress is studied. 

 

Figure 14 Increase in the displacement of first layer as the 

roller passes seven times. 

 Figure 14 shows the trend in increasing 

the displacement each time the roller passes; 

however, the interval in this graph between two 

imposing of stress is four hundred seconds. 

Obviously, with the increase in this interval the 

material have more time to relax and the trend 

will be with a slower trend, but the general trend 

will be increasing. Figure 15 shows the interval 

of eight hundred seconds between each passes 

of roller. 

 

Figure 15  Increase in the displacement in the first layer 

with four passes of roller. 

 

It is worthy that the relaxation trend remains the 

same after different types of stress scenarios. As 

the material behavior depends on the stress 

history at the same time the trend of relaxation 

will remain the same and eventually the residual 

strain or stress relaxes with the same trend but 

to different values. Figure 16 shows a relaxation 
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behavior of the first tape after given enough 

time. 

 

Figure 16 Relaxation of displacement after five times of 

roller passes. 

As it is shown the decrease in the displacement 

after deposition of five layers is the same as the 

trend in the Figure 13 which is the relaxation of 

deposition of only one layer.  

 

4 Conclusion 

Knowing the behavior of unit cell, we can 

expand the model to the manufacturing simulation. 

The stress that is induced to the thermoplastic tapes 

has different effects on final part. One of these 

effects is inconsistent thickness of layers, in which 

the first layers are thinner and are introduced to 

more stress. These unwanted deformations can be 

analyzed and then considered in the design 

procedure. This observation is similar to results of 

this study that shows with each time deposition of a 

new layer on the material the first layer or all the 

layers underneath conforms and we have a different 

thickness in different layers. It is also noteworthy 

that the stress scenario plays an important role on the 

displacement of the part or through-thickness strain. 

As different parts require different manufacturing 

scenarios in Automated Fiber Placement, eventually 

these will create a different stress history. The effect 

of relaxation time can make big differences on the 

residual strains of final part. Effect of temperature is 

not considered in this study as it was assumed to be 

constant and subjected to further research. 

Considering these effects in the design will result in 

more precise parts, and parts with less residual stress 

or strain.  
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1 Introduction  

Shape Memory Polymers (SMP’s) have attracted 
great interest in recent years for application in 
adaptive (multi-mission) structures [1]. Compared 
with shape memory alloys, polymeric shape memory 
materials possess the advantages of high elastic 
deformation (strain up to more than 200% for most 
of the materials), low cost, low density, and potential 
biocompatibility and biodegradability. However, 
relevant aerospace and propulsion environments 
require materials with enhanced durability and 
transition temperatures well in excess of those 
produced for biomedical applications. With 
operation temperatures of subsonic structural aircraft 
components often reaching 121°C (250°F), it is 
desired that the transition temperatures of the shape 
memory polymers synthesized here be in excess of 
121C to ensure that shape memory polymers will 
not be prematurely triggered by the existing heat 
loads. Shape memory polymers that exhibit a glass 
transition temperature (Tg) greater than 120C are 
uncommon among many of the current classes of 
previously examined thermosetting materials 
(epoxies, polyurethanes, and styrene copolymers) [2-
7].  

In recent works [8-9], a series of novel cross linked 
polyaspartimide-urea based polymers utilizing 4-4-
bismaleimidodiphenyl-methane, a jeffamine 
diamine, and a bis-isocyanate were synthesized and 
chemically characterized. The synthesis involved 
coupling of the BMI with the diamine to create a 
linear polymer of both rigid and soft segments. The 
glass transition temperature and shape memory 
properties were varied using the diisocyanate resin 
creating a urea crosslinking moiety between the 
polyaspartimide chains. The studies by Shumaker et 
al. [8] and McClung et al. [9] showed that a range of 
Tg values from 110-164oC were possible by varying 
the cross-linked density of BMI-JA-400-X systems. 
However, it was determined [10] that the BMI-JA-

400-X resin was not processable to make composites 
because it did not have a pot-life (i.e., the cure 
reaction occurred instantly). Also, the resin viscosity 
at room temperature was above 200 poise 
(honey/ketchup like), and it continued to increase 
with temperature, which made processing difficult.  
Hence, a new series of silane endcapped 
polyaspartimide- based polymers were synthesized 
[10]. To increase material toughness/strength of 
these systems, as well as to impart shape memory 
capabilities, the silane endcaps were chemically 
cross-linked to create siloxane moities throughout 
the polymeric system generating a thermosetting 
material with varying cross-link densities resulting 
in “tunable” glass transition temperatures. These 
materials offer elevated glass transitions 
accompanied with the desired ease of processability 
and resin work times. In addition, the generated 
materials maintain the cast shape with minimal 
shrinkage during the cure cycle.  

However SMPs, in general, exhibit low strength and 
stiffness, which limits their use for many advanced 
applications. The low stiffness of SMPs produces 
only a small recovery force in the temperature 
change process. Thus, incorporation of reinforcing 
fillers has been investigated [11-19] in order to 
improve the mechanical properties and to diversify 
the applications of SMPs. For this study, the selected 
SMP resin [10] was hand-impregnated with IM7 
uni-weave carbon fabric to fabricate six-ply 
composites. Both C-scan and optical microscopy 
techniques were utilized to determine the quality of 
the panels fabricated. The thermo-mechanical 
properties of the SMP resin and composite were 
measured using Dynamic Mechanical Analyzer 
(DMA) and under 3-point flexure loading. In 
addition, the shape memory cycle with free recovery 
was conducted on the SMP resin and composites. 
The properties of the SMP resin and composites 
were characterized in both the glassy and rubbery 
regions, while their shape memory behavior was 
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analyzed under multiple thermomechanical cycles to 
analyze fatigue effects. 

2 Experimental Methods  

2.1 Resin Synthesis  

All polymeric materials generated were synthesized 
using 4-4’-bismaleimidodiphenylmethane, Jeffamine 
D-400 (BMI-JA-400), and (3-Aminopropyl) 
trimethoxysilane.  The trimethoxysilane moiety was 
chemically cross-linked with the addition of water 
yielding methanol as a byproduct and a cross-linking 
network of siloxane bonds. The molar amounts were 
varied between the Jeffamine D-400 and                                  
(3-Aminopropyl)trimethoxysilane to maintain 
stoichiometry with 4-4’-bismaleimido-
diphenylmethane. This variation allowed for 
different cross-link densities to be achieved. 
Dimethylacetimide (DMAC) was incorporated to aid 
the cross-linking agent (water) to go into solution, as 
well as to help propagate the siloxane bond 
formation. Table 1 summarizes the composition of 
the various resins formulated for the study. Note that 
the percent listed in Table 1 is the molar percentage. 
For brevity, we will refer to the mixture  of the BMI, 
JA 400, THF and the Endcap ((3-Aminopropyl) 
trimethoxysilane) as Part A, and a mixture of water 
and DMAC as Part B for the remainder of the paper. 

 
Table 1: Summary of resin formulations 

Part A Part B 

Formulas BMI JA400 THF Endcap Water DMAC 
BMI-JA-
400-Si-
80/20 

5g 4.8g 
(80%) 9.72g 1.0g 

(20%) 0.251g 1.08g 

BMI-JA-
400-Si-
70/30 

5g 4.2g 
(70%) 9.63g 1.5g 

(30%) 0.377g 1.07g 

BMI-JA-
400-Si-
60/40 

5g 3.6g 
(60%) 9.54g 2.0g 

(40%) 0.503g 1.06g 

 
Thermal analysis was done [10] to evaluate the 
developed SMP resin for composite processing 
feasibility. Based on these results, BMI-JA-400-Si-
70/30 was identified as possible candidate SMP 
resin for making composites. All the results reported 
in the remainder of this study are therefore limited to  
BMI-JA-400-Si-70/30 as the initial choice of SMP 
resin. A post-cure for the SMP resin was 
subsequently developed [10] by monitoring the 
thermal stability of the material over a range of 
temperatures. The dynamic properties of the post-
cured resin were investigated using DMA. The 

tan() peak was used to define the Tg of the resin, 
which was estimated as ~117oC. However, the tan() 
peak had a very broad distribution. The work to 
further narrow the distribution and optimize the Tg is 
currently being explored by considering several 
different combinations of post-cure time and 
temperature, and the results will be reported in a 
future publication. 

2.2 Composite Processing 

The resin consists of Part A and Part B (see Table 1) 
which were mixed at room temperature (RT) for 30 
min to obtain a homogeneous solution. IM7 carbon 
fabric was hand-impregnated with the resin solution 
to make a prepreg. During prepregging, each ply 
was degassed for 2-3 minutes at room temperature 
with partial vacuum to pull off the solvent. Six plies 
of 6” x 6” impregnated  fabric were stacked on top 
of each other for a target 30-35% fiber volume 
content in the laminate. The prepreg was then 
bagged and cured in an autoclave at 100 psi, 
followed with a 2 hr postcure at 2000C.  
 
2.3 Thermo-Mechanical and Shape Memory 
Behavior 

The thermo-mechanical performance of SMP resin 
and composites was examined under three–point 
bending using ASTM D790. A support span-to-
depth ratio of 16:1 was used. The composite test 
specimens were cut perpendicular to the fiber 
direction. Flexural testing was conducted on 
unconditioned specimens at room (250C) and at 
elevated (1500C) temperatures in order to evaluate 
the glassy and rubbery state modulus, flexural 
strength, and strain-to-failure. This testing is 
required to establish the useful design space for the 
SMP resin and composites. 

Shape memory cycles were conducted in order to 
correlate the shape memory properties and 
performance of the SMP resin and composite 
materials. One shape memory cycle consists of 
recording the original shape of the sample with a 
digital camera, heating the sample to its high 
temperature state, folding the sample around a 
custom tooling to give it an ~ 900!bend, cooling the 
sample in the tooling to lock in the bent shape, and 
finally, free recovery in an MTS 651 environmental 
chamber with an optical window for making 
observations inside the chamber. A digital camera 
was used to record time lapse pictures of the sample 
during the free recovery portion of the shape 
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memory cycle. The temperature and time were also 
recorded automatically to match each photo taken. 
The digital images were post-processed to measure 
the degree of bend left in the sample vs. temperature 
(and time) as it unfolded during this recovery period. 
To evaluate the fatigue effect on the shape memory 
behavior, the free recovery cycle was performed a 
minimum of five times for each sample tested.   

3 Results and Discussion 

3.1 Resin Formulation and Characterization 

We have now been able to successfully scale up to 
200g mixture for making prepreg and neat resin 
plaques. Recent efforts were directed towards 
reducing the solvent content in the SMP resin when 
generating these materials. The reduction in solvent 
has reduced the time needed to synthesize these 
materials by nearly one-half and has resulted in 
development of the capability to cast “scale-up” 
polymeric films within minutes of initial reaction. 
This allows the actual film to cure once it has been 
cast at faster cure rates. Care has to be taken not to 
increase the resin viscosity upon the remove of the 
solvent to the point that processability becomes 
difficult. Fig. 1 is a picture of BMI-JA-400-Si-70/30 
resin plaque.  

 

 

Fig. 1. Picture of BMI-JA-400-Si-70/30 resin plaque 
 
Fig. 2 illustrates the potential shape memory 
capabilities of BMI-JA-400-Si-70/30 resin utilizing 
a rectangular strip (151 mm long, 38 mm wide and 
2.6 mm thick). The polymer was easily deformed 
into a rolled/cylindrical shape at 160°C (above its 
Tg) and fixed into this temporary shape, when cooled 
back down to room temperature. The polymer 
qualitatively shows high toughness in both the 
glassy and rubbery states.  Upon reheating to 160°C 
(again above the Tg), the material returned to the 
original form within 90s of thermal exposure. Time 
stamps are placed on each photograph in Fig. 2 in 
relation to shape memory recovery time when 
reheated above the material’s Tg.  
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Fig. 2. Free recovery of BMI-JA-400-Si-70/30 SMP 

resin on reheating to 160oC 
 
 

3.2 Composite Fabrication and Characterization 

Several 6” x 6” SMP composite panels were 
fabricated using both plain-weave and uni-weave 
carbon fabric. Panels were cured in the autoclave 
with 100 psi and vacuum pressure. Fig. 3 shows the 
C-scan and optical micrographs of selected regions 
of the cross-section of a plain-weave composite 
panel with a target fiber volume of 35%. As seen in 
Fig. 3, the composite panel was well consolidated 
with little or no voids. The photomicrographs show 
that there were no obvious quality differences 
between the white and red area versus the yellow 
and brown area in the C-scan. It was observed that 
there was more resin rich areas observed in the 
yellow and brownish regions which caused the 
density to slightly change in the C-scan signal.   
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Fig. 3. C-scan image and photomicrographs of two 
different locations in panel # 3 containing 35% fiber 
volume with an average panel thickness of 1.58mm 

 
Fig. 4 illustrates the potential shape memory 
capabilities of a unidirectional SMP composite 
utilizing a rectangular strip (66 mm long, 19 mm 
wide and 2.5 mm thick). The laminate (cut 
perpendicular to the fiber direction) was easily 
deformed into a ~900 bend at 160°C (above its Tg) 
and fixed into this temporary shape, when cooled 
back down to room temperature. Upon reheating to 
160°C (again above the Tg), the composite returned 
to the original form within 30s of thermal exposure. 
Time stamps are placed on each photograph in Fig. 4 
in relation to shape memory recovery time when 
reheated above the materials Tg. These results 
demonstrate that the SMP composites fabricated in 
this study have the potential to return to their 
original shape and display shape-memory effects.  
 
3.3 Bending Behavior 

Figs. 5 and 6 are the load-displacement response of 
SMP resin and unidirectional composite, 
respectively, under 3-point bending at room 
temperature. The specimen was deflected until 
rupture occurred in the outer surface of the test 
specimen or until a maximum strain of ~5.0 % was 
reached (at which point no further deflection was 
possible as the specimen came in contact with the 
surface). Prior to testing, both the SMP resin and 
composite panels were post-cured for 2 hr. at 200oC. 
The composite test specimens were cut 
perpendicular to the fiber direction. The 
experimental data shows little scatter for the five 
different resin and composite specimens that were 
tested. After an initial elastic response, the SMP 
resin undergoes yielding with only a small change in 
the load beyond the maximum attained, whereas, the 
composite specimens break before yielding, as 

indicated by the sharp load drop in Fig. 6. As 
expected, the initial slope of the load-displacement 
response is larger for the composite in comparison to 
the neat resin specimen. Figs. 7 and 8 are the load-
displacement response of SMP resin and 
unidirectional composite, respectively, at elevated 
temperature (150oC).  Unlike the room temperature 
response which had a significant linear region prior 
to yielding, the SMP resin does not exhibit any 
linear region at elevated temperature. Also, there is a 
large scatter in the rubbery response for the SMP 
resin at the resulting smaller load levels. On the 
other hand, the unidirectional composite exhibits 
some limited yielding at 150oC, prior to failure. 
 

 

      
      0 s 

 
10s 

 
20s 

 
30s 

Fig. 4. Free recovery of a unidirectional SMP 
composite on reheating to 160oC 
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Fig. 5. Load-displacement response of SMP 
resin under 3-point bending at 25oC  

0

5

10

15

20

0 2 4 6 8 10 12 14

Lo
ad

 (k
g)

Displacement (mm)

Composite @ 25oC

 
Fig. 6. Load-displacement response of 

unidirectional SMP composite under 3-point 
bending at 25oC  
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Fig. 7. Load-displacement response of SMP 

resin under 3-point bending at 150oC  
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Fig. 8. Load-displacement response of 

unidirectional SMP composite under 3-point 
bending at 150oC  

Table 2 compares the flexural response of SMP resin 
and composite at room (25oC) and at elevated 
temperature (150oC). As expected, there is a 
significant decrease in stiffness of the SMP resin and 
composite when tested at the elevated temperature. 
Further, stiffening the resin with carbon fiber leads 
to some modest improvement in modulus and the 
maximum stress attained by the SMP composite, 
while the composite strain at maximum stress is 
reduced by the constraining fibers. 

Table 2: Flexural response of SMP resin and 
composites at room and elevated temperatures 

Test 
Specimen 

Temp 

0C 

Max 
Stress, 

Ksi 
Modulus

Msi 

Strain @ 
max 

stress, % 
SMP resin 25 9.44 0.26 7.45 
SMP resin 150 0.97 0.01 5.97 

SMP 
composite 25 13.20 0.54 4.03 

SMP 
composite 150 2.90 0.13 4.52 

 

Fig. 9 shows examples of digital images taken at 
different stages of the shape memory cycle as a 
function of the test temperature. Fig. 9a is the 
original configuration of the specimen at room 
temperature. Fig. 9b is the deformed configuration 
of the specimen in the constrained position at 150oC. 
Fig. 9c is the fixed position of the specimen obtained 
by constrained cooling to room temperature from the 
locked position in Fig. 9b and subsequent release of 
constraint. Figs. 9d – 9i reveal that the specimen 
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returns back close to its original flat shape with 
increase of temperature during free recovery.  
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 9. Digital images showing different stages of 
shape memory cycle as function of temperature 

Figs. 10 and 11 show the measurement of bend 
angle obtained during free recovery from the digital 
images similar to that shown in Fig. 9 under 
repeated shape memory cycles for the SMP resin 
and composite, respectively.  Fig. 10 shows that the 
neat resin undergoes majority of the recovery 
between 60oC and 120oC, and heating it further to 
150oC with a short hold at that temperature does not 
result in additional recovery. Moreover, there is little 
change in the recovery behavior of the SMP resin 
under repeated fatigue loading. On the other hand, 
Fig. 11 shows that the unidirectional composite 
begins to recover almost immediately when heated 
from room temperature, and continues to recover at 
temperature values far beyond the glass transition 
temperature of the composite. Further, the recovery 
of the composite continues with the short 5 min hold 
at the maximum temperature of 150oC. We further 
noted that the elevated temperature deformation of 
the composite became easier with repeated cycling, 
as angle closer to the desired 90o became possible 
without fear of breaking the composite during 
bending. Also, Fig. 11 shows that the free recovery 
response of the composite is smoother (as indicated 
by the curve fit through the data points) beyond the 
second shape memory cycle, and the behavior 
changes little with further cycling. 
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Fig. 10. Bend angle measurement with free 
recovery temperature as a function of number of 

cycles for SMP resin 
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Fig. 11. Bend angle measurement with free recovery 

temperature as a function of number of cycles for 
SMP composite 

 
Fig. 12 is a comparison of the free recovery behavior 
of the neat resin and unidirectional composite for 
cycles 1 and 5. The comparison clearly shows that 
although the composite begins to recover at a lower 
temperature, the rate of recovery for the composite 
with increasing temperature is smaller in relation to 
the resin, and that the composite continues to 
recover at temperatures far beyond its glass 
transition temperature. We further observe in Fig. 12 
that the neat SMP resin generally undergoes larger 
recovery in comparison to the composite. 
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Fig. 12. Comparison of bend angle measurement 
with free recovery temperature for SMP resin and 

composite 
 
By definition, the shape fixing parameter is a 
measure of how well the material locks in its 
deformed shape from the elevated temperature. For 
an ideal shape memory material, the deformed state 
is exactly retained on release of the constraint 
following cooling to room temperature. However, in 
reality, some shape memory materials only achieve a 
state close to their deformed shape. For this study, 
the shape fixity Rf is defined as the ratio between the 
angle immediately after unloading (see Fig. 9c) to 
the locked-in angle of deformation (see Fig. 9b). On 
the other hand, the shape recovery parameter is a 
measure of how closely the material returns to the 
original shape in the shape memory cycle. Under 
bending, the linear shape recovery ratio Rr is defined 
as a function of the final angle (see Fig. 9i) 
following recovery and the initial angle (see Fig. 9a) 
before the shape memory cycle. These parameters 
are used to quantitatively compare the SMPs and 
their composites in the current research. 

Table 3 provides a listing of the shape fixity and 
shape recovery for both neat resin and composite as 
a function of the fatigue cycle. As seen in Table 3, 
the SMP resin has excellent fixity (>95%) and 
almost complete recovery (>99%). In comparison to 
neat resin, the composite has lower fixity (>84%) 
and recovery (>94%) values. We also note that there 
is little change in both the shape fixity and shape 
recovery of neat SMP resin with fatigue cycling, 

while the fixity is lower for the composite and 
recovery is seen to improve after the second cycle 
and changes little beyond that cycle for the SMP 
composite. 

Table 3: Shape fixity and free recovery of SMP resin 
and composites as a function of fatigue cycle  

 

Summary  

In this work, we have discussed a new tailorable, 
high temperature SMP resin that can be readily 
processed to be incorporated into a composite 
matrix. Both neat resin and unidirectional laminates 
were fabricated and their glassy and rubbery 
responses characterized in bending. The shape 
memory behavior was analyzed under multiple 
temperature/deformation cycles to evaluate the 
fatigue effects. Results demonstrate that we have 
successfully developed SMP resin and composites 
with high Tg close to the desired value of 121oC, 
good shape fixity (>84%) and near complete 
recovery (> 94%). 
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1 Introduction 

Automotive industry focusses on weight reduction to 

increase fuel efficiency and reduce CO2 emissions. 

Achieving both objectives is possible through the 

creative use of plastics and composites, replacing 

traditional materials. 

Long glass fibre reinforced polypropylene (PP-LGF) 

is a material often used in semi-structural 

automotive components, such as front-end module 

carriers, door modules, dashboard carriers and hatch 

back doors [1-4]. These parts are generally produced 

by injection moulding, which gives the engineer 

freedom to design complex geometrical shapes and 

ribbed parts, typically needed to achieve light weight 

structural design (see for instance Fig. 1). 

 

Fig. 1, Example of an injection moulded PP-Long glass 

fibre reinforced thermoplastic lift gate. 

 

Predictive engineering of mechanical performance 

and part warpage is often utilized in this design 

process in order to reduce the development time and 

costs by limiting the physical prototype parts.   

This paper shows some simulation techniques used 

therein. It will be explained how to utilize both 

isotropic and anisotropic material properties and 

analysis techniques. Finally, the need for successful 

implementation of anisotropic modelling in 

industrial development projects will be discussed. 

2. Isotropic simulation strategy 

The use of isotropic simulations is still common 

practice in automotive industry.  

Surprisingly, there is no standardized way on how 

the isotropic material data, like the E-modulus is 

obtained for reinforced plastics. Depending on how 

data is measured (datasheet, directly moulded 

specimen, specimen cut from parts, etc.), different 

values for stiffness and strength are found due to 

differences in fibre orientation.  

The European Alliance for Thermoplastic 

Composites (EATC) has devised a method to 

properly measure isotropic properties from specimen 

cut from injection moulded plaques [5]. Samples are 

cut in three directions (0°, 45°, 90°) with respect to 

flow front direction and classical laminate theory is 

used to calculate isotropic properties based on a 0°, 

45°, 90°, -45° stacking (see Fig. 2). 

 

Fig. 2, Schematic overview of plaque and samples used in 

EATC method for determining isotropic material 

parameters for long glass filled materials (copied from 

[5]). 
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For parts having a “plate” shape, like door modules, 

isotropic data will be a good prediction of stiffness 

and strength. However in structural parts having 

“beam” shapes, like front-end module carriers 

usually fibres are more orientated so the isotropic 

assumption would be too conservative potentially 

leading to parts which are too heavy (see Fig. 3). 

 

Fig. 3, Mechanical performance of front-end structural 

part moulded in 40% PP-LGF (SABIC®STAMAX
™

 

40YM240). Squares = tensile specimen cut at different 

locations in the part; diamond = datasheet value obtained 

from directly moulded specimen; circle = EATC isotropic 

data. 

Also it should be noted that the datasheet value is 

determined on a directly moulded specimen which 

exhibits high fibre alignment. By consequence, the 

strength and stiffness of the material are 

significantly higher compared to application values. 

Applications designed with datasheet values are 

likely to encounter failure in real testing.  

Note that the few samples having lower properties 

than the EATC isotropic data are taken from 

locations with fiber weld-lines. To asses if these 

locations are critical in a mechanical design, one can 

compare the direction of the principal stresses with 

the fiber orientation results from commercially 

available software like Autodesk®Moldflow Insight. 

3. Anisotropic simulation methodology 

The use of anisotropic material data can yield much 

more accurate results, enabling a more efficient 

material use, and hence more weight and cost saving 

potential. However anisotropic simulations need 

information on fibre orientation and material quality, 

both being a result from the injection moulding 

process used.  

Predicted fibre orientation can be obtained from 

commercially available injection moulding 

simulation software like Autodesk Moldflow 

Insight. Anisotropic simulations then can be 

performed in a third party FEA software like Abaqus 

[6]. Linear elastic Moldflow predicted anisotropic 

stiffness values can be used directly using the 

Moldflow to Abaqus script. Alternatively a separate 

micromechanics software program like Digimat-MF 

[7] can be used to perform non-linear elasto-plastic 

anisotropic calculations. 

In [8], we assessed the accuracy of isotropic, linear 

anisotropic and non-linear anisotropic simulation 

methods by simulating a lock stiffness experiment 

on an existing frond-end module carrier made of 

30% long-glass fibre filled Polypropylene. The 

carrier was subjected to a 2 kN load at room 

temperature and the resultant displacement was 

measured.  

It was observed that the lock stiffness was under 

predicted by 20% when isotropic values were used. 

When linear elastic anisotropic material data from 

Molflow were directly applied, predicted stiffness 

was 36% too high, while the results, obtained with a 

non-linear anisotropic model in Digimat software, 

were very close to the experiments (-2%) (see Fig. 

4). It should be noted however, that, at the time, only 

linear integrated triangular elements could be used 

for direct linear elastic predictions. Isotropic and 

non-linear predictions could be done using quadratic 

triangular elements. This will influence the results to 

some extent.  

In conclusion, the proper anisotropic simulation 

gives the correct result, while the isotropic 

simulation yields a too low stiffness. It means that if 

a similar new part is to be designed based on 

simulations with isotropic data, the part may be 

heavier than needed. 
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Fig. 4: Simulated versus measured lock stiffness on an 

existing front-end module made of 30% PP-LGF 

(SABIC®STAMAX
™

 30YM240). Top panel: schematic 

setup of lock stiffness test. Triangles indicate constraints, 

a 2 kN force was applied in lock direction (arrow). 

Bottom: Predicted stiffness using: linear elastic isotropic 

simulations (quadratic triangular elements), linear elastic 

anisotropic simulations (linear triangular elements) and 

non-linear elasto-viscoplastic anisotropic simulations 

(quadratic elements) (image according to [8]).  

4 Anisotropy and warpage prediction 

The fibre orientation resulting from the injection 

moulding process does not only influence local 

stiffness and strength properties but also the local 

shrinkage behaviour. In a highly oriented location in 

a PP-LGF part, shrinkage can be as low as 0.2% in 

fibre direction while it is 1% in perpendicular 

direction. This anisotropic shrinkage and the fact 

that fibre orientation varies within a part will cause 

part warpage (see for example Fig. 5).  

Measures to reduces warpage in industrial 

applications are the use of sequential gating during 

filling and  packing as well as, in the case of long 

glass filled materials, to keep the glass fibres as long 

as possible. Reason for this latter is that short fibres 

orient easier than longer fibres and thus cause more 

anisotropic shrinkage which causes warpage. To 

determine the optimal number and location of the 

drops on the part numerical simulation is commonly 

utilised. Accurate prediction of warpage requires 

good knowledge on fibre orientation. 

 

Fig. 5: Warpage in a simple plaque illustrating the effect 

of fibre length and its effect on fibre orientation on 

warpage. 

 

5 Discussion of anisotropic modelling 

5.1 Accurate prediction of fibre orientation 

Key in application of anisotropic modelling for both 

mechanical behaviour as well as warpage prediction 

is the accurate fibre orientation prediction.  

Autodesk®Moldflow Insight simulation software is 

commonly employed to predict the fibre orientation. 

By default, fibre orientation is calculated as a 

function of material transport and velocity gradients 

in the mould using a modified Folger-Tucker law 

[9]. Recently reduced strain closure (RSC) and 

anisotropic rotary diffusion (ARD) models are added 

to deal more correctly with the fibre to fibre 

interaction observed in long- fibre materials [10]. 

We found that, with some modifications of the 

Moldflow software and correct choice of parameters 

30% Long glass PP 

30% short glass PP 
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acceptable prediction of mechanical properties as 

function of flow length could be obtained for both 

shear and expansion flows (see Fig. 6). The fact that 

the ratio E0°/E90° is also close to the experimental 

results, indicates that the thickness averaged fibre 

orientation, underlying these results, also should be 

correct. 

The advantage of the above mentioned validation 

strategy is the relative ease of usage. However it 

only provides information on thickness averaged 

effective fibre orientation. Although for most 

structural parts this will lead to accurate predictions 

of strength and stiffness (see Fig. 4), predicted 

warpage in bending sensitive parts, like Instrument 

panels might be incorrect.  

Reason is that fibre orientation over wall thickness 

varies depending on the local flow conditions. In 

case of an expansion flow, fibres at the core of a part 

can be rotated by 90° compared to the fibres at the 

skin. In case of a shear flow (straight flow front) 

fibres are all more or less aligned in parallel to flow 

direction. 

By consequence, multiple fibre orientation 

distributions over thickness could lead to the same 

tensile stiffness.  

  

Thickness dependent fibre orientation is usually 

quantified by analysis of microscopy cross-section 

images (see for example [11][12]). The disadvantage 

is that sample preparation has to be done very 

carefully since else measurement results are wrong.  

An alternative method, successfully applied to short 

glass filled materials it the use of Computer aided 

Tomography. This enables visualisation of fibres 

using non-invasive X-ray scanning (see Fig. 7). This 

method in principle offers the potential to get a true 

three-dimensional quantification of fibre orientation 

tensor in a certain volume (see e.g. [13]). To the 

authors’ knowledge, the method is not yet 

successfully employed to derive a fibre orientation 

tensor distribution in long glass materials. Main 

reasons are difficulties in fibre recognition, fibre 

waviness and the limited size of the measurement 

volume in relation to computing capacity and image 

resolution needed for post processing. 

 

 
5a. Shear flow sample 

 

 
5b. Expansion flow sample 

Fig. 6, Predicted versus measured E-moduli in flow and 

cross-flow direction, using default parameters in Folger-

Tucker and ARD-RSC models (squares) and SABIC 

optimised parameters (triangles). Measured values shown 

with circles. Top panel: results of shear flow sample, 

Bottom panel: Results for expansion flow sample. 
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Fig. 7, Example of micro CT-scan imaging in 30% PP-

LGF (SABIC®STAMAX
™

 30YM240). Specimen size: 

14 x 12 x 2.8 mm. Resolution 5μm/voxel. Top figures: 

thickness cross-sections, Lower images: in-plane cross-

sections. 

5.2 Integration of anisotropy in design process 

Design of semi-structural parts usually starts with 

initial definition of geometry in a CAD environment. 

At this stage material choice and wall-thickness 

and/or the use of e.g. metal inserts is still open. 

In the next phase a material and wall-thickness 

distribution have to be chosen for this design. 

(Mechanical) load cases are specified and one 

checks whether the part will fulfil the (mechanical) 

requirements using finite element analysis (FEA). 

This usually happens at a different department or 

engineering companies. Once the shape and material 

choice of the part are established, the injection 

moulding tool is developed, including the choice of 

number and locations of the gates. Here usually a 

tool maker is in the lead.  

Since currently parts are mechanically designed 

before injection moulding gate systems are defined, 

the fibre orientation actually cannot be known in the 

design stage. A solution has therefore to be found to 

fit the anisotropic design methods in the current part 

design scheme. A more integrative approach has to 

be developed to have successful acceptance of 

anisotropic simulations of fibre reinforced plastics. 

This requires an organisational approach different 

from the one present at many car manufacturers and 

suppliers. 

Another important aspect of enabling anisotropic 

modelling in engineering practice is the time needed 

to build and execute the anisotropic simulations 

compared to the isotropic method currently 

commonly applied. Current full non-linear elasto-

viscoplastic anisotropic modelling approach, using 

Digimat software with full mean field 

homogenisation takes approximately 30 times 

computational time compared to a simple isotropic 

calculation. Utilizing a simplified solver (hybrid 

solver [7]), reduces this factor to 7.5 (see Fig. 8). 

The differences in memory requirement are less 

extreme. 

 

 

 

Fig. 8, Relative effect of anisotropic calculation methods 

on computational time and memory usage in an explicit 

impact simulation: a 55 kg impactor hits a cantilevered 

injection Moulded beam (30% PP-LGF, l x w x h x t= 450 

mm x 70 mm x 45 mm x 3mm) at 2.4 m/s. Simulation 

time equals 15 ms. isotropic calculation, full anisotropic 

elasto-viscoplastic (EVP) and EVP with faster hybrid 

solver [7] . Top: Model overview, Bottom: Computational 

times and memory usage. (Simulations done using single 

CPU, using ABAQUS 6.11.1 [6], Digimat-MF 4.4.1 [7]). 
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6. Conclusion 

Fibre reinforced plastics offer great potential for 

weight reduction of semi-structural parts. Although 

anisotropic simulation methods are in place and give 

reasonable accurate results, they are still not widely 

applied in automotive part design. Great efforts are 

made in correct prediction of fibre orientation. 

However, the (extra) time needed to build and 

execute the anisotropic simulations as well as the 

need for an integrated design approach between 

CAD design, tooling and mechanical simulations are 

still a bottleneck. 

 

Acknowledgement 

The authors want to acknowledge all third parties 

who provided us parts for testing and simulation 

comparison. 

 

References 

[1] W. Schijve. "Intelligent design and material use in 

front ends", Proceedings of the CTI conference 

Front-ends, München, February 28, 2007. 

[2] W. Schijve. "Developments in thermoplastic Door 

Modules", Proceedings of the SFIP/SIA Congress, 

Chalon/Saône , June 12&13, 2002. 

[3] W. Schijve, H. Martens. "LGF-PP in light weight IP-

carriers and door modules", Proceedings of  

SIA/SFIP Congrès International Carrosserie & 

Plastique, Douai, June 12, 2008. 

[4] D. Brands and G-J. Doggen. "Thermoplastic 

tailgates", Proceedings of the ACI conference 

Advanced door and closure concepts, , Bad Neuheim, 

November 17, 2008. 

[5] Schijve, W and A Rüegg. “EATC Properties and test 

methods for LFT materials”, Report of European 

Alliance for Thermoplastic Composites, http://eatc-

online.org/media/EATC_Properties_and_test_method

s_for_LFT_version_30jan2008.pdf, 2008.  

[6] Dassault Systemes - Simulia, ABAQUS unified 

Finite Element Analysis, Version 6.11.1, 

http://www.3ds.com/, 2012.  

[7] E-Xstream – Digimat MF, Version 4.4.1, 

http://www.e-xstream.com,2013.  

[8] C. Martin, “Etat de l’art des possibilités d’allégement 

des pièces structurelles en utilisant des matériaux 

renforcés de fibres longues”, Proceedings of 

SIA/SFIP Congrès International Carrosserie & 

Plastiques, Douai, France, June 9, 2010. 

[9] F. Folgar and C.L. Tucker III. Orientation Behavior 

of Fibers in Concentrated Suspensions Journal of 

Reinforced Plastics and Composites. Vol. 3. pp. 98–

119, 1984. 

[10] J. Wang and X. Jin. “Comparison of recent fiber 

orientation models in autodesk moldflow insight 

simulations with measured fiber orientation data”, 

Proceedings of the Polymer Processing Society 26th 

Annual Meeting,  PPS-26, July 4-8, 2010 Banff 

(Canada) 

[11] Guild, F. and J. Summerscales. Microstructural 

image analysis applied to fibre composite materials: 

a review, Composites, Vol. 24 (5), 383-393, 1993. 

[12] Hine, P.J. et al. Measuring the fibre orientation and 

modelling the elastic properties of injection-moulded 

long-glass-fibre-reinforced nylon. Composite Science 

and Technology, 53 (2), 125-131, 1994. 

[13] Salaberger, D., Kannappan, K.A., Kastner, J., 

Reussner, J. and T. Auinger. Evaluation of computed 

tomography data from fibre reinforced polymers to 

determine fibre length distribution. Journal of 

International Polymer Processing, 26 (3), pp. 285-

291, 2011.  

 

SABIC and brands marked with ™ are trademarks 

of SABIC or affiliates. 

 

 

ICCM19 1257

http://eatc-online.org/media/EATC_Properties_and_test_methods_for_LFT_version_30jan2008.pdf
http://eatc-online.org/media/EATC_Properties_and_test_methods_for_LFT_version_30jan2008.pdf
http://eatc-online.org/media/EATC_Properties_and_test_methods_for_LFT_version_30jan2008.pdf
http://www.3ds.com/
http://www.e-xstream.com/


THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Abstract  

In order to improve the thermal performance and 

wear resistance of polymers, foamed copper 

materials filled with a curable epoxy matrix have 

been developed for tribological studies. Graphite 

flakes were incorporated as friction additive in the 

epoxy matrix. The tribological properties of foamed-

copper-reinforced composites were investigated 

using a UMT-2 friction and wear tester. An electric 

field was imposed between the specimen and the 

disk to monitor the formation of the transfer film by 

means of contact resistance. It was found that the 

foamed-copper-reinforced composites possess better 

wear resistance than homogeneous epoxy-matrix 

polymers, and the smaller the pore size of the 

foamed copper, the better the wear resistance. The 

friction coefficients increase for the locally direct 

contact between the copper and the steel disk. And 

the copper skeletons contribute to the timely transfer 

of friction heat and the load sharing. The 

temperature of the frictional area was measured 

using an infra-red thermal camera during the test. 

The foamed copper unit was modeled from the 

foaming mechanism of polyurethane, which served 

as a template. The temperature field of the sample 

and the effect of metallic skeletons on temperature 

were calculated by the finite element analysis (FEA). 

The actual temperature and the modeling analysis 

shows the foamed-copper-reinforced composites are 

effective in transmitting heat along the 

interconnected metallic skeletons, and therefore 

possess better thermal conductivity and wear 

resistance. 

1 Introduction  

In the field of tribology, polytetrafluoroethylene, 

polyoxymethylene, polyamide, epoxy resin (EP), 

and other polymer materials with different 

tribological characteristics are widely used as solid 

lubricating materials [1-5]. However, since such 

materials have low thermal conductivity, their 

strength and wear resistance at high temperatures are 

limited. The friction heat at the interface tends not to 

dissipate and with rising temperatures caused by 

heat buildup, material properties weaken 

dramatically and may lead to failure [6, 7]. Because 

of these problems, researchers often dope polymer 

matrices with metal powder to improve the thermal 

conductivity of the polymer [8]. Generally speaking, 

a 3D continuous metallic skeletal structure is 

expected to help friction heat dissipate more quickly 

than discrete metal-particle-reinforced composites. 

Such continuous skeletons could play a double role 

in improving the polymer strength as well as 

enhancing heat dissipation. 

An open-cell foamed metal has a porous structure 

with an interconnected 3D metallic network and 

possesses many special properties, such as low 

density, specific mechanical performance, high 

specific surface area, and high conductivity [9]. 

They have been used for structured templates and 

supports [10, 11], electrodes [12], heat radiators [13, 

14], muffling devices [15], and so on. Although 

similar porous structures have been introduced for 

use in tribological materials [16-18], the tribology 

literature on foamed-metal-reinforced composites is 

scarce, probably because the preparation process is 

still in an early stage. Continuing from our previous 

experiments [19], here we describe foamed copper 

with an epoxy matrix polymer. The friction 

coefficients and wear rates of composites, as well as 

the temperature field of the sample in the friction 

process were investigated to better understand the 

influence of metallic skeletons on composite wear 

performance. 

2 Experimental 

2.1 Materials preparation  

FOAMED-METAL-REINFORCED COMPOSITES: 

TRIBOLOGICAL BEHAVIOR OF FOAMED COPPER FILLED 

WITH EPOXY-MATRIX POLYMER  
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Three kinds of foamed copper (pore density: 10, 20, 

40 pores per inch (PPI), porosity: 96%, 93%, 89%) 

were fabricated by electroless copper plating on 

polyurethane (PU) foam, followed by electro-

deposition and removal of non-conductive 3D 

substrates by burning (Fig. 1). The foamed copper 

samples had open-celled structures composed of 

dodecahedron-like cells with pentagonal or 

hexagonal faces, and the metallic skeletons were 

hollow. The samples were cut into suitable sizes by 

an ultra-thin diamond blade. 

The matrix material was made from a 

commercial EP (E51, epoxy equivalent: 185-200 

g/eq) cured by a polyamine hardener (618). Graphite 

flakes with an average particle size of 7 µm 

(Shanghai Colloid-Chemical Plant) were selected as 

the traditional filler. Dibutyl phthalate was used as 

toughener for epoxy resin, and a silane coupling 

agent was used for the modification of graphite. 

The graphite flakes after being modified were 

kept in an oven at 70 °C for 1 h before the mixing 

process. EP components were also preheated to 

70 °C in order to decrease their viscosity for a 

thorough wetting of the filler material. After 

combining the filler with the resin, the mixture was 

mechanically dispersed under vacuum in order to 

distribute filler particles uniformly and remove 

trapped air, which could affect composite 

compactness significantly. The hardener was then 

added to the suspension, followed by stirring for 

about 3 min. Finally, the mixture was poured over 

the foamed copper in a silicone rubber mold and 

curing was allowed to proceed (Fig. 2a). To inhibit 

the precipitation of low-molecular-weight 

hydrocarbons during curing, the specimen was 

placed in an atmosphere furnace with nitrogen 

pressure 0.1 MPa and 70 °C for 3 h. The 

morphology of the foamed-copper-reinforced 

composite was shown in Fig. 2b, and the insets 

through the resulting composite material showed 

that the foamed copper was effectively encapsulated 

by the EP-matrix polymer. EP-matrix polymers 

containing the same fillers in the same amounts but 

without foamed copper were also made for 

comparison purposes. All test specimens were 

machined from the cured composite blocks. 

Graphite was incorporated into the composites 

at 15 wt% which is in accordance with previous 

studies [20]. Table 1 summarizes all compositions 

and nomenclature for composites tested in this study. 

As an example of the naming system applied, a 

composite consisting of 34 wt% foamed copper (20 

PPI), 15 wt% graphite, and epoxy (Balancing the 

remaining content together with toughener and 

coupling agent) would be given the name EP-Gr-F20. 

2.2. Friction and wear testing 

Wear tests were conducted using a UMT-2 friction 

and wear tester (CETR, USA) (Fig. 3a). The 

composite specimen pin was rotated on a carburizing 

steel alloy disk in a pin-on-disk configuration, and 

the trajectory radius in the friction process was 25 

mm. The sliding speed was always 0.26 m/s. The 

initial surface roughness of the disk Ra=0.2 µm. All 

tests were conducted for 2 h under dry conditions at 

room temperature. An electric field was imposed 

between the specimen and the disk to monitor the 

tribo-chemical reaction by means of contact 

resistance (Fig. 3b). The frictional coefficient was 

recorded and calculated using the ratio between the 

tangential force and the normal load, and its value 

was determined by averaging over an entire test. The 

mass loss of the composite specimen was measured 

after the wear test in order to calculate the specific 

wear rate using the following equation:  

s

N

m
W

F L

 
                            (1) 

In the equation, m is the specimen’s mass loss, 

 is the density of the specimen, 
NF is the normal 

load applied to the specimen during sliding, and L is 

the total sliding distance. Three repeated trials were 

conducted for each specimen, and the mean and 

standard deviation of frictional coefficients and wear 

rates were calculated by the three repeated trials. 

The worn surfaces of composite specimens were 

observed using a digital microscope (VHX-600E, 

Keyence, Japan). The temperature of the frictional 

area was measured on the sample using an infra-red 

thermal camera (Fluke Ti25, Fluke, USA) at regular 

intervals during the test. The highest temperature 

reading of the frictional area on the infra-red 

photograph was used. The infra-red camera works 

by measuring heat emitted from surfaces and it was 

calibrated by photographing objects of a known 

temperature. Temperature readings were accurate 

within < 0.1 °C. Room temperature was nearly 

constant during the experiments. 

3 Results and discussion 

3.1 Friction and wear behavior  

Fig. 4 shows the friction coefficients and wear rates 

of foamed-copper-reinforced composites and the 

homogeneous specimens at a velocity of 0.26 m/s 

and a pressure of 0.5 MPa. Fig. 4a shows that the 
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PAPER TITLE  

foamed-copper-reinforced composites possess 

higher friction coefficients than the homogeneous 

EP-matrix polymers. The increase in friction 

coefficient is caused by some direct contact between 

the copper skeletons and the steel disc at the 

frictional interface. The smaller the aperture of the 

foamed copper is, the larger the copper area present 

at this interface. Thus, the specimen EP-Gr-F40 

shows the highest friction coefficient. The wear rates 

decrease as foamed copper is introduced to the 

composites (Fig. 4b). The foamed copper, with its 

natural porosity serving as the 3D skeletal support, 

restrains the plastic flow of the epoxy matrix and can 

serve as a lubricant reservoir for the contact surface. 

Fig. 5a shows the friction coefficients and wear 

rates of EP-Gr-F40 and EP-Gr as a function of 

pressure at 0.26 m/s. The friction coefficients of EP-

Gr-F40 decrease with increasing pressure, but are 

still higher overall when compared to the 

homogeneous EP-matrix polymer EP-Gr. The wear 

rates of foamed-copper-reinforced composite 

increase with increasing load, but are still at lower 

levels compared to the homogeneous polymer 

shown in Fig. 4b. Beneficial wear rates come from 

the favorable load-sharing and heat-dissipating 

qualities of the copper skeletons embedded in the 

EP-matrix polymer.  

Fig. 6 shows typical variations in friction 

coefficients of the composite specimens and the 

homogeneous EP-matrix polymer specimens with 

sliding time. Fluctuations in friction coefficients for 

the foamed-copper-reinforced composites are similar 

to homologous polymer EP-Gr, and both are 

smoother than that of pure EP. The addition of 

graphite can effectively stabilize friction coefficients 

of the EP-matrix polymer.  

The circuit between the foamed-copper-

reinforced composite and steel disk was shown to be 

intact by monitoring of the DC contact resistance 

using a circuit tester shown in Fig. 3b. The reasons 

were that there were some direct contacts between 

the copper skeletons and the steel disk during the 

sliding process on one hand, and on the other hand, 

some copper scraps were likely to succumb to the 

shear stress and then quickly and ceaselessly 

intervene into the frictional interface forming the 

transfer layer. In other words, the skeletons of 

foamed copper impeded the formation of an integral 

transfer film. This may also explain why the foamed 

copper led to an increase in the friction coefficient. 

Although it had a negative impact on the solid-

lubricating process in most cases, it would still be 

beneficial to reduce the contact resistance and avoid 

impeding electrical contact under some current-

carrying conditions.  

3.2 Wear mechanism analysis 

Fig. 7 shows the micrographs of worn surfaces of 

foamed-copper-reinforced composites and a 

homogeneous EP-matrix polymer at 0.26 m/s and 

0.5 MPa. Fig. 7a, b, and c show that the worn 

surfaces of foamed-copper-reinforced composites 

contained prominent veins of malleable copper. The 

smaller the aperture of the foamed copper was, the 

more copper appeared at the interface. 

Compared with the homogeneous specimen EP-

Gr (Fig. 7d), some slight marks of hard particle 

erosion and plastic furrow deformation can be seen 

on the resinous part of the worn surface of EP-Gr-

F40 (Fig. 7e). Plastic flow of EP-matrix polymer can 

also be seen along the sliding direction of the 

contacting surface, which was originated and 

extended by friction heat, pressure, and shear force. 

Some fragmentary lubricants attach to and/or 

penetrate the surfaces and cavities of the visible 

copper skeletons (Fig. 7f). These cavities belonging 

to the hollow skeletons serve to collect and store 

lubricant on friction surfaces. As a result of the some 

direct contact between the copper and the steel disk, 

proved by contact resistance measurements, the 

copper skeletons at the frictional interface shared the 

load directly, which in turn improved wear 

resistance.  

Based on the friction performance and high 

thermal and electrical conductivities of foamed-

copper-reinforced composites, potential applications 

include brake assemblies and electric brushes. 

3.3. Friction model and thermal effect analysis 

In order to better understand the influence of 

metallic skeletons on the wear performance of 

the composite, the temperature fields of the 

composites were simulated by the finite element 

analysis (FEA).  

According to the morphology and the 

forming mechanism of foamed copper, we 

established a sphere-centered 

tetrakaidecahedron structure starting from the 

precursor PU foam to model the cell of foamed 

copper. This tetrakaidecahedron has eight 

regular hexagons and six squares, which 

represent the frothing process of PU (Fig. 8a). 

An air bubble is generated from the melting PU 

matrix, which grows up gradually and reaches a 

balanced status, e.g., attains the minimum 
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possible surface energy [21]. From here, it 

forms a sphere-centered approximate 

tetrakaidecahedron structure after being 

solidified. Modeling parameters based on this 

frothing process contain two basic variables: the 

side length of the tetrakaidecahedron ( m ) and 

the radius of the sphere-shaped air bubble ( r ). 

Starting from the integrity of frothing (the air 

bubble intersects with every surface of the 

tetrakaidecahedron, but maintains the integrity 

of every surface), the relationship between m  

and r  is as follows: 

                    
3

2
2

r

m
                                   (2) 

      Through measurement, the side length of the 

tetrakaidecahedron was m =0.15 mm (40 PPI). 

Matching between unit bodies forms a 

topological structure of foamed metal. From the 

matching process we can conclude that the 

surface area of the foamed unit body is the area 

of intersection between the air bubble and the 

tetrakaidecahedron, i.e., the internal surface of 

the foam unit in Fig. 8a. 

The area ratio of copper at the friction 

interface   can be calculated using the 

following formula: 

uC

Int

S

S
                                    (3)                                 

where 
uCS  is surface area of copper at the 

friction interface and 
IntS  is the area of the 

friction interface. 

Here, we choose two kinds of typical 

contact models, model I and II (Fig. 8b). The 

area ratios can be calculated as follows 

1

2

2 1
r

m
  

 
    

 
                     (4) 

2

2

3 2 3
1

3 9

r

m

 


 
    

 
             (5)   

Substitute formula (2) into (4) and (5), we 

can obtain the area ratio of copper at the friction 

interface: 

21.5% <
1

 < 100%; 9.3% <
2

 < 39.6%     (6) 

It can be seen that the area ratio of copper 

at the friction interface is a dynamically 

changing parameter. Models I and II are only 

two kinds of typical contact models. Combined 

with micrographs of the worn surfaces, we can 

infer that the distribution of copper at the 

interface is random and asymmetric, and that 

the greater the pore density, the easier it is to 

predict the distribution of copper. 

The temperature distribution of EP-Gr and 

EP-Gr-F40 as selected specimens in the friction 

process based on both the infrared 

thermography and FEA is shown in Fig. 9. The 

variations of the maximum temperature with 

testing time at 0.5 MPa, 0.26 m/s are shown in 

Fig. 9a. The maximum temperatures here were 

recorded by the infrared thermography at 

intervals of 10 minutes, which serve as the 

temperatures of friction interfaces. It shows the 

temperature heads towards stability, and a 

balance between heat generation and dissipation 

can be achieved in the friction process. At the 

early stage, the heat-source effect of the copper 

skeletons was dominant; then, with the form of 

transfer layer, the heat dissipation emerged as 

the heat source effect became weakened. That’s 

also the reason that the specimen EP-Gr-F40 has 

a lower friction temperature than the 

homologous polymer EP-Gr. The temperature 

fields for EP-Gr and EP-Gr-F40 at the 30-

minute mark are taken as representative (Fig. 9b 

and c). It can be seen that the radial temperature 

grade of foamed-copper-reinforced composite is 

smaller owing to the copper skeletons with 

bigger heat transfer rate. These infrared images 

display directly that the foamed copper is 

helpful to transfer of friction heat timely. 

Fig. 9d shows the FEA of temperature of 

foamed-copper-reinforced composite based on 

model I. The result of steady-state temperature 

of the specimen cell is consistent with the 

experimental result basically. This simulated 

image reflects the influence of the metallic 

skeletons on the temperature gradient of 

specimen cell, especially of epoxy matrix (Fig. 

9e and f). The friction heat is conducted through 

the 3D supporting skeletons effectively, 

regardless of the heat source effect of the 

metallic skeletons on the friction surface. The 

interconnected 3D metallic skeletons of foamed 

copper can restrain plastic deformation and 

operate to pack and fix the tribological fillers, 
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and help composites have good thermal and 

electrical conductivities. Friction heat and/or 

electric current can be conducted along the 3D 

skeletal support effectively.   

4 Conclusions 

Foamed-copper-reinforced composites were 

fabricated effectively by filling with the liquid epoxy 

matrix containing graphite. The curing process was 

assisted by positive pressure in order to inhibit the 

precipitation of low-molecular-weight hydrocarbons, 

thus to improve the compactness of the composite.  

The friction coefficients increase as foamed 

copper was introduced into the composites for some 

direct contact between the copper and the steel disk 

during the sliding process, which was supported by 

the DC contact resistance. The decrease in wear rate 

was a benefit of the timely transfer of friction heat as 

well as the load-sharing of metallic skeletons of 

foamed copper. The smaller the foamed copper 

aperture was, the better the wear resistance of the 

composite. Hard particle erosion and plastic furrow 

deformation were the main wear mechanisms on the 

worn surfaces of the foamed-copper-reinforced 

composites.  

The cell of foamed copper was modeled from 

the precursor PU foam. The area ratio of copper at 

the friction interface was quantified based on two 

kinds of typical contact models. The result of FEA 

of foamed-copper-reinforced composite based on 

model I was consistent basically with the 

experimental result from infrared thermography. The 

influence of the metallic skeletons on the 

temperature gradient of specimen was displayed 

visually.  

The interconnected 3D metallic skeletons of 

foamed copper can inhibit plastic deformation and 

play the role of packing and fixing the EP-matrix 

polymer. More importantly, the foamed copper 

enhances the thermal conductivity of composites 

effectively, and provides a new idea for design of 

wear-resistant materials.  
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Table 

Table 1. Composition and nomenclature for tested 

composites. 

Nomenclature 

Foamed 

copper 

(wt%) 

Graphite 

(wt%) 

Density  

(g/cm
3
) 

EP-Gr ─ 15 1.03 

EP-Gr-F10 22 (10 PPI) 15 1.13 

EP-Gr-F20 34 (20 PPI) 15 1.18 

EP-Gr-F40 41 (40 PPI) 15 1.27 
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Figures:

 
Fig. 1. Preparation processes and subsequent morphology of foamed copper.  
 

 
Fig. 2. The epoxy matrix filling method in the preparation of composites (a), and the morphology of the foamed-

copper-reinforced composites, with the insets showing typical copper skeleton distributed in the surface (b). 

 

 
Fig. 3. Schematic diagram of the UMT-2 friction and wear tester (a) and the set-up for the calculation of contact 

resistance (b). 
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Fig. 4. The values of friction coefficients (a) and wear rates (b) of selected specimens at a velocity of 0.26 m/s 

and a pressure of 0.5 MPa. 

 

 
Fig. 5. The friction coefficients (a) and wear rates (b) of EP-Gr-F40 and EP-Gr as a function of pressure at 0.26 

m/s. 

 

 

Fig. 6. The variations in friction coefficients of specimens with sliding duration at 0.26 m/s and 0.5 MPa. 
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Fig. 7. Optical micrographs of the worn surfaces of composites EP-Gr-F10 (a), EP-Gr-F20 (b), EP-Gr-F40 (c, e, 

and f), and EP-Gr (d) at 0.26 m/s and 0.5 MPa. 

 

 
Fig. 8. Modeling of the foamed-copper cell from the precursor PU foam (a), and two kinds of typical contact models based 

on the area ratio of copper at the friction interface (b). 
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Fig. 9. The temperature distribution of selected specimens in the friction process based on both the infrared thermography 

and FEA (a: variations of the measuring maximum temperature with testing time at 0.5 MPa, 0.26 m/s; b and c: the direct 

measurements of temperature fields for EP-Gr and EP-Gr-F40 at the 30-minute mark; d: the steady-state thermal analysis 

of the friction system of foamed-copper-reinforced composite based on model I; e and f: the impact of foamed copper on 

temperature fields of epoxy matrix). 

 

ICCM19 1267



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

The one-dimensional structure; low density; high 

aspect ratio; and extraordinary mechanical, 

electrical, and thermal properties of single-walled 

carbon nanotubes (SWCNTs) make them 

particularly attractive as reinforcing fillers in 

multifunctional composite materials. Because of 

their high crystallinity, high aromaticity, and strong 

van der Waals interactions, pristine SWCNTs tend 

to have smooth defect-free surfaces and exist as 

ropes or bundles. This leads to poor dispersion and 

poor interface compatibility with matrices. A great 

ongoing challenge in the field of SWCNT/polymer 

composites is the efficient transfer of SWCNT 

properties into the polymer matrix. Surface 

functionalization can solve this problem by allowing 

better dispersion and improved affinity with the 

matrix.  

Covalent functionalization has been shown to be 

particularly effective at improving the mechanical 

properties of SWCNT/polymer composites [1]. In 

conjunction with mechanical reinforcement it is of 

interest to develop conductive polymer composites 

for electrostatic dissipation and electromagnetic 

interference (EMI) shielding among other 

applications. Covalent functionalization however, 

disrupts the sp
2
 network conjugation of SWCNTs 

creating defects on the SWCNT walls. This will 

have a negative effect on their electrical 

conductivity, reducing the maximum conductivity of 

individual SWCNTs.  

Carbon nanotubes (CNTs) produced by different 

methods have shown different reactivity towards 

covalent functionalization with smaller diameter, 

more strained CNTs, reacting more readily than 

larger diameter CNTs. Recent experiments have 

demonstrated that diazonium chemistry and 

oxidative reactions occur on a SWCNT sidewall at 

random atomic sites [2,3], while the reductive 

alkylcarboxylation occurs on SWCNTs exclusively 

by reaction propagation from existing defects [4]. 

The sp
3
 defect propagation mechanism creates 

„banded‟ SWCNTs, with alternating segments of 

functionalized (sp
3
 hybridized) and intact regions 

(which remain sp
2
 hybridized) through reaction 

propagation that starts at defects initially present in 

the nanotubes. Consequently, these two chemical 

functionalization approaches will have a 

significantly different effect on the electronic 

structure of the functionalized SWCNTs.  

Previous studies have identified different parameters 

that affect the electrical conductivity of polymer 

composites containing CNTs. These include the 

CNT aspect ratio [5], purity [6], surface area and 

functionalization [7]. In this work SWCNTs with 

similar diameter distribution produced by two 

different methods: arc-discharge and laser ablation 

were covalently functionalized before integration 

into an aerospace-grade epoxy resin, triglycidyl p-

amino phenol (TGAP). The curing agent 4,4‟-

diaminodiphenyl sulphone (DDS) and a higher 

molecular weight pre-synthesized oligomer 

containing epoxy-hardener monomers (AD; 3DDS-

TGAP) were covalently bonded to the SWCNT 

sidewalls by the diazonium reaction. On the other 

hand, SWCNTs functionalized with carboxylic acid 

groups were synthesized at room temperature by 

reductive alkylcarboxylation using reduced 

SWCNTs and glutaric acid diacyl peroxide (GAP). 

The electrical conductivity of epoxy resin 

nanocomposites containing these functionalized 

nanotubes was determined. The effect of the 

SWCNT synthesis method, the degree of 

functionalization and the chemical reaction used for 

the functionalization of the SWCNTs is evaluated. 
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2 Experimental 

2.1 Materials and chemical functionalization  

SWCNTs synthesized by the laser ablation method 

(laser-SWCNT) and by the arc-discharge method 

(arc-SWCNT) were used without additional 

purification. The synthesis of the amine terminated 

derivative AD and the SWCNT chemical 

functionalization have been previously reported [8]. 

The chemical functionalization strategies are shown 

in Fig. 1. Carboxylic acid groups were attached to 

the SWCNT wall by reductive alkylcarboxylation 

(Fig. 1A) while the curing agent DDS (Fig. 1C) and 

the AD oligomer (Fig. 1B) were covalently bonded 

to the SWCNT wall by the diazonium reaction. 

Functionalized and unfunctionalized SWCNTs were 

directly incorporated into the epoxy resin by hot 

stirring and sonication without using organic 

solvents. The curing agent DDS was then added to 

the SWCNT/epoxy mixture in a 100:60 weight ratio 

Nanocomposites were prepared at 0.1, 0.5 and 1 

wt% loading. The curing was performed by casting 

the neat epoxy or nanocomposite blends in a steel 

dish mould (2 mm thick) sealed by 3 mm thick 

Teflon plates, followed by curing at 160 ºC for 45 

min and 200 ºC for 30 min in a Perkin Elmer 

hydraulic press coupled to a Greaseby Specac 

controlled heater under 3 tons of pressure. The 

samples were removed from the mould, transferred 

to an oven and postcured at 200 ºC for 4 h. 

 

Fig. 1. Chemical functionalization strategies used to modify the SWCNTs 
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2.2 Characterization techniques 

Thermogravimetric analyses (TGA) were performed 

on a Netzsch TG 209 F1 Iris® coupled to a Bruker 

Tensor 27 Fourier Transform Infrared spectrometer 

(FTIR) via a TGA A588 TGA-IR module. Prior to 

the measurement the samples were dried overnight 

in vacuum at 100 ºC. The thermal desorption 

measurements consisted of a heating from room 

temperature to 900°C at a rate of 10°C/min [9]. 

Raman spectra for the purified and functionalized 

samples were recorded on a Renishaw inVia micro-

Raman spectrometer.  Samples were measured in a 

dry powder form using a 514 nm laser focused to 

approximately 1 m through a 50x objective. 

Ultraviolet-visible-near infrared (UV–Vis–NIR) 

absorption spectra were measured using a Cary 5000 

spectrophotometer.  

Direct current (DC) electrical conductivity was 

measured with a Keithley 4200-SCS source 

measurement unit, working at 20 V. The specimen 

measurements were ~19.5 x 5 x 2 mm
3
. Composite 

test samples were placed in a sandwich-like 

arrangement using two copper sheets (0.2 mm 

thick). Measurements were carried out in a two-

probe configuration, with each probe placed on 

different ~19.5 x 5 mm
2
 rectangular surfaces of the 

test sample. 

 

3 Results and discussion  

3.1 Characterization of functionalized and 

unfunctionalized SWCNTs 

Different strategies to covalently functionalize 

SWCNTs are explored here in order to improve 

dispersion and interface interaction in 

SWCNT/TGAP/DDS epoxy composites. SWCNTs 

were functionalized by the diazonium reaction with 

the curing agent DDS and an amine terminated 

derivative (AD), a higher molecular weight oligomer 

containing terminal amine groups and with a 

chemical structure analogous to the cured epoxy 

resin network of interest (Fig. 1B). Using this 

functionalization approach the chemical structure of 

the attached fragment is of the same nature as the 

epoxy matrix of interest. This strategy allows an 

improved interaction with the matrix of interest 

without changing the chemical composition at the 

SWCNT/matrix interface [1]. On the other hand, 

carboxylic acid-functionalized SWCNTs were 

synthesized by reductive alkylcarboxylation (Fig. 

1A). Free radicals generated at room temperature by 

a redox reaction between reduced SWCNTs and 

diacyl peroxide derivatives were covalently attached 

to the SWCNT walls [10]. Contrary to the oxidation 

reactions, which use concentrated acids, this 

procedure allows a controlled functionalization of 

the SWCNT walls. 

 

 
 

Fig. 2. Raman spectra of functionalized arc-grown 

(top) and laser-grown (bottom) SWCNTs. After base 

line correction and normalized to the intensity of the 

G-band. Excitation laser: 514 nm. 

 

Raman spectroscopy is one of the most extensively 

employed methods for the characterization of carbon 

nanotubes, particularly when trying to demonstrate 

covalent functionalization to the SWCNT walls. The 

most characteristic features of the Raman spectrum 

of SWCNTs are the diameter-dependent radial 

breading mode (RBM) in the 150-250 cm
-1

 region, 

the tangential graphitic (sp
2
 character) modes or G-

band, near 1600 cm
-1

, the dispersive disorder-

induced D-band around 1300 cm
-1 

and the second-
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order G′-band around 2600 cm
-1

. When addends are 

covalently bonded to the SWCNT sidewalls, the 

hybridization of the C atoms changes from sp
2
 to sp

3
 

which yields a commensurate intensity increase in 

the D-band. Fig. 2 shows the Raman spectra of Arc- 

and laser-grown SWCNTs functionalized by 

reductive alkylcarboxylation and diazotization. The 

D to G band intensity ratios (ID/IG) of 

unfunctionalized and functionalized SWCNT are 

summarized in Table 1 for both types of SWCNTs 

(arc and laser grown). After the surface modification 

the ID/IG in all cases increases with respect to 

unfunctionalized SWCNTs. After the diazonium 

reaction with the synthesized ligand AD the Raman 

spectra of functionalized samples show a smaller 

increase on the ID/IG value compared to SW-DDS 

samples (Table 1). The results are suggestive of a 

lower addition density of the AD derivative to the 

SWCNT walls. This is expected considering the 

higher molecular weight and steric hindrance of the 

AD ligand.  

 

 
Fig. 3. Thermogravimetric analysis of 

unfunctionalized laser-SWCNT and functionalized 

L-SW-GAP, L-SW-AD and L-SW-DDS samples 

under desorption conditions.   

 

TGA under inert desorption conditions was used to 

quantify functional groups attached to functionalized 

SWCNTs (Fig. 3). A summary of the results 

obtained for all of the studied samples with an 

estimation of the functional groups per nanotube 

carbon atom (degree of functionalization) is given in 

Table 1.  

Table 1. Raman ID/IG ratio (exc = 514 nm) and 

TGA-determined weight loss at 700 ºC for SWCNT 

samples  

 

Samples ID/IG 

Ratio
 

wt loss 

(%)
a
  

Degree  

of Funct.
b 

Arc-SWCNT 0.03  3 - 

A- SW-GAP 0.13 11 1/58 

A- SW-AD 0.07 12 1/597 

A-SW-DDS 0.26 19 1/164 

Laser-SWCNT 0.02 2 - 

L- SW-GAP 0.10 12 1/98 

L- SW-AD 0.05 11 1/758 

L- SW-DDS 0.14 17 1/164 
a
TGA results show total mass loss after subtraction 

of the residual solvent. 
b
The metal content (20 % and 

11 % for A-SWCNT and L-SWCNT respectively) 

was taken into account. 

 

According to results in Table 1, except for the case 

of SW-DDS samples, the estimated degree of 

functionalization is higher for arc-SWCNT than for 

laser-SWCNT. This could be due to the slightly 

higher initial level of defects, as determined from 

TGA and Raman (ID/IG = 0.03) and to the lower 

purity observed for arc-SWCNT according to UV–

Vis–NIR absorption (not shown). Laser-SWCNT 

and arc-SWCNT showed a weight loss of 3% and 

2%, respectively, following thermal desorption at 

700 °C (Table 1). The carbonaceous purity index 

was determined by UV–Vis–NIR absorption 

spectroscopy following the method described by 

Itkis et al [11]. Values of 0.047 and 0.087 were 

obtained for arc-SWCNT and laser-SWCNT, 

respectively in DMF.   

In accordance with Raman results, for both types of 

SWCNTs (laser and arc-grown) the degree of 

functionalization was lower for the higher molecular 

weight amine derivative AD as compared to the 

lower molecular weight DDS, both modified by the 

diazonium reaction. On the other hand, the highest 

degree of functionalization was obtained for SW-

GAP samples synthesized by reductive 

alkylcarboxylation (1/58 and 1/98 for arc-SWCNT 

and laser-SWCNT respectively). However, these 

samples showed a smaller increase on the ID/IG than 

DDS modified SWCNTs functionalized by the 

diazonium reaction.  
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Fig. 4. Absorption spectra of unfunctionalized (L-

SWCNT) and functionalized laser-SWCNT.   

 

UV-Vis-NIR absorption spectra of unfunctionalized 

laser-SWCNT, modified by the diazonium reaction 

(L-SW-DDS and L-SW-AD) and by the redox 

reaction (L-SW-GAP) are shown in Fig. 4. A more 

significant loss of the interband electronic transitions 

can be clearly observed for L-SW-DDS and L-SW-

AD samples than for L-SW-GAP samples. These 

results are in agreement with the sp
3
 defect 

propagation mechanism for SW-GAP samples and 

random addition to atomic sites for SW-DDS.  In the 

former case, a confined propagation from existing 

defects leaves intact segments with sustained band 

structure although a higher number of functional 

groups are covalently bonded to the SWCNT wall. 

Interestingly, both type of SWCNTs showed the 

same degree of functionalization (1/164) for the in 

situ diazonium reaction with DDS. Our results on 

Table 1 indicate that the degree of functionalization 

for the diazonium reaction, which occurs in random 

sites, is not influenced by the initial level of defects 

and both types of SWCNTs show identical degrees 

of functionalization (L-SW-DDS and A-SW-DDS). 

On the other hand, in the case of the redox reaction 

arc-SWCNT with a slightly higher level of initial 

defects, showed a higher degree of functionalization 

(A-SW-GAP: 1/58) than L-SWCNT (L-SW-GAP: 

1/98).  

The integration of the functionalized SWCNTs into 

the epoxy resin considerably increased the physical 

and mechanical properties of the composites [1].   

 

3.2 Electrical conductivity of the SWCNT 

modified epoxy nanocomposites 

Composites containing conducting fillers in 

insulating polymers become electrically conductive 

when the filler content exceeds the percolation 

threshold. The jump observed in the conductivity by 

many orders of magnitude is attributed to the 

formation of a three-dimensional conductive 

network of the fillers within the matrix.  This is in 

contrast with the recognized requirement of 

homogeneous dispersion and a strong adhesion to 

the matrix for enhancing the mechanical properties 

of CNT/epoxy composites. 

Electrical conductivities were obtained for epoxy 

composites containing functionalized and 

unfunctionalized arc and laser-grown SWCNTs at 

different loadings. The results are shown in Fig. 5. 

The highest electrical conductivity values were 

observed for composites containing unfunctionalized 

laser-SWCNT, in agreement with their higher purity 

and lower initial level of defects. After the chemical 

functionalization the electrical conductivity 

decreased for both materials. The SWCNT lengths 

were not determined but the functionalization 

strategies employed here are not expected to modify 

the SWCNT aspect ratios. 

The lower electrical conductivity observed for 

functionalized SWCNTs has been attributed to 

different factors. As mentioned before the covalent 

functionalization introduces defects on the SWCNT 

walls and hence creates scattering sites which 

decrease the overall electrical conductivity of the 

filler. The functional groups can also improve the 

interfacial interactions and form a covalent 

connection to the epoxy matrix. These interactions 

can lead to more homogeneously dispersed 

functionalized SWCNTs that could not form a 

percolated network easily. Additionally, this 

chemical reaction can form electrically insulating 

layers that increase the tunnelling energy barrier and 

limit the intertube charge transfer [7].     
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Fig. 5. Electrical conductivities obtained for epoxy 

composites containing unfunctionalized SWCNTs 

(■) and functionalized SW-GAP (●), SW-AD (▲), 

SW-DDS (▼).  

 

We used a conductivity of 10
- 6

 S/m as a criterion for 

the formation of the percolation threshold. As can be 

seen in Fig. 5, at 0.5 wt% loading all of the samples 

have reached the percolation threshold, except for 

A-SW-DDS samples which did not show the 

transition from insulating to conducting phase even 

at 1 wt % loading.   A comparison of the electrical 

conductivity of the nanocomposites at 0.5 % loading 

is represented in Fig. 6. The results indicate that for 

nanocomposites containing functionalized SWCNT 

the values of electrical conductivity were affected 

not only by the total number of defects introduced 

but also by the type of chemical reaction employed; 

with the type of chemical reaction playing a more 

significant role. This could be due to the effect of the 

chemical functionalization strategy on the defect 

distribution along the SWCNT wall. This is more 

clearly observed for arc-SWCNT samples. The 

electrical conductivity of arc-SWCNT modified by 

the same chemical reaction (diazonium) is highly 

affected by the total number of defects introduced. 

Thus, the electrical conductivity of A-SW-DDS, 

with a degree of functionalization of 1 in 164 

nanotube carbon atoms, is six orders of magnitude 

lower than the electrical conductivity of A-SW-AD 

with a functionalization degree of 1 in 450 carbons. 

 

 

 

 
 

Fig. 6. Electrical conductivities obtained for epoxy 

composites containing arc- and laser-grown 

unfunctionalized and functionalized SWCNTs. The 

degree of functionalization is included above the 

bars. 

 

In contrast with these results, A-SW-GAP samples 

(alkylcarboxylation) with the highest degree of 

functionalization of 1 in 58 nanotube carbon atoms 

show conductivity values very close to A-SW-AD 

samples. This is also evident for laser-SWCNT 

samples (Fig. 6) Although the differences are less 

significant, L-SW-GAP sample shows almost the 

same values of electrical conductivity as L-SW-DDS 

nanocomposites and, despite its higher degree of 

functionalization, it can reach slightly higher 

conductivities than L-SW-AD samples at 1 wt% 

loading (Fig. 5).   
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There is a remarkable difference of five orders of 

magnitude between the electrical conductivity of arc 

and laser grown SWCNTs functionalized with DDS, 

even though both have been modified by the 

diazonium reaction and they have the same 

functionalization degree. This could be due to the 

lower purity (lower carbonaceous purity index) of 

the arc-SWCNT samples and possible shorter length 

which considerably affect the formation of the 

percolated network for heavily functionalized 

SWCNTs. On the other hand, at low degree of 

functionalization, like in the case of AD samples, 

there are no significant differences between both 

types of SWCNTs and the sample purity seems to 

play a less significant role. At 0.5 % loading the 

conductivity of L-SW-AD is only slightly higher 

than A-SW-AD. The same trend shown by SW-AD 

samples was observed for nanotubes functionalized 

with carboxylic acid groups by the redox reaction 

even though they possess the highest degree of 

functionalization. However, we have to consider that 

in the case of SW-GAP samples the defects are 

concentrated in a band structure rather than 

randomly distributed on the SWCNT walls. Hence, 

their behaviour is similar to SW-AD samples with a 

significantly lower number of defects.   

 

4 Conclusions 

SWCNTs were functionalized in order to increase 

both dispersibility and interface interaction with an 

epoxy resin. Two approaches were used to 

covalently modify the SWCNT walls: diazonium 

reaction and reductive alkylcarboxylation. SWCNTs 

synthesized by both the arc and laser methods were 

used in this study. Fragments of different molecular 

weight containing free amine groups were 

covalently attached by the diazonium reaction (SW-

DDS and SW-AD). Carboxylic acid groups were 

introduced by the redox reaction between reduced 

SWCNTs and diacyl peroxide derivatives (SW-

GAP). The two chemical reactions used to 

covalently modify the SWCNT walls have 

significantly different effects on the electronic 

structure of functionalized SWCNTs. For the same 

type of SWCNTs (arc discharge or laser ablation) a 

less significant loss of the interband electronic 

transitions and a smaller increase on the ID/IG value 

was observed for SW-GAP as for SW-DDS samples. 

However, in contrast with these results, the 

functionalization degree calculated from TGA 

showed a higher number of functional groups for 

SW-GAP. The results can be explained considering 

that these functionalization strategies proceed 

through different mechanisms, an sp
3
 defect 

propagation mechanism for SW-GAP samples and 

random addition to atomic sites for SW-DDS 

samples.   

The results from electrical conductivity 

measurements of epoxy composites containing the 

modified SWCNTs showed a direct correlation 

between the degree of functionalization and the 

electrical conductivity for the same type of reaction 

(SW-DDS and SW-AD). However, SW-DDS 

composites showed lower electrical conductivity 

than SW-GAP samples despite having a lower 

degree of functionalization. These results show that 

the electrical conductivity is not only affected by the 

number of defects introduced by the chemical 

functionalization but also by the reaction employed 

for the chemical functionalization. The type of 

chemical reaction will determine the distribution of 

defects on the nanotube walls with the consequent 

effect in the modification of the electronic band 

structure of the functionalized SWCNTs.  

Through the proper choice of the functionalization 

reaction, the type of SWCNTs and by controlling the 

degree of functionalization and defect distribution 

on the SWCNT walls, it is possible to optimize the 

electrical conductivities of these SWCNT/epoxy 

composites. Even if covalent functionalization 

usually leads to lower conductivity values (and 

higher percolation thresholds) compared to raw 

SWCNTs, the need to functionalize this kind of filler 

with targeted molecules could arise from the aim of 

improving mechanical or thermal performance of 

polymer composites. In this context, our studies 

provide a way of assessing the most suitable 

functionalization pathway to preserve, as much as 

possible, the conductive behavior of 

nanocomposites, or, to induce insulating behavior ad 

lib, while increasing mechanical and thermal 

resistance. In this way, a tailored improvement in 

selected physical properties could also be 

undertaken while maintaining the desire electrical 

conductivity properties. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

Automated Fiber Placement (AFP) has been 

increasingly used to manufacture large complex 

composite structures in the aerospace industry 

for commercial aircrafts as the Boeing 787, the 

Airbus A350 XWB and the Bombardier C-

series. AFP significantly improves 

reproducibility and design flexibility of 

composites manufacturing, it also offers the 

potential to lay up the fibers along curvilinear 

paths. This special flexibility of composites 

manufacturing makes it possible to fabricate 

variable stiffness laminates [1]. Variable 

stiffness laminates allow the designer to 

optimize parts, with better stress redistribution 

inside the structures. However, to layup variable 

stiffness composite panels following curvilinear 

fiber paths, there are inherent defects called 

gaps/overlaps in the AFP process [2, 3]. Most of 

published work on variable stiffness composites 

deals with numerical simulation and there is a 

lack of experimental investigations particularly 

for these inherent defects. This could be 

attributed in part to the fact that AFP machinery 

is heavily dedicated to industrial composites 

manufacturing and has limited access to 

academic researchers. This paper presents the 

results of an experimental investigation of the 

buckling behavior of variable stiffness laminates 

made by Automated Fiber Placement. 

 

2 Experimental procedures 

2.1 Materials and panel manufacturing  

The material used in the experiment was G40-

800/5276-1 carbon/epoxy slit tape (3.2 mm 

wide) from Cytec Engineered Materials. A 

Viper 4000 fiber placement machine was used. 

First, two quasi-isotropic laminates with 

constant stiffness were manufactured to serve as 

the baseline panels. Then, four variable stiffness 

panels with 100% gaps and four with 100% 

overlap configurations were fabricated, 

respectively. The stacking sequence for these 

panels is given in Table 1. The purpose of these 

two panel configurations was to investigate the 

effects of gaps and overlaps on the buckling 

behavior of the laminates. The panels were 

machined into 10 in. x 16 in. flat plates and the 

loaded edges of the panels were machined flat 

and parallel to ensure uniform end loading 

during the tests. 

Table 1 Stacking Sequence of tested panels 

Construction 

Technique 

Stacking Sequence 

Quasi-isotropic [+45/0-45/90]2s 

Full Gap [±<49|41>/±<48|61>/±<57|73>/±<72|77>]s 

Full Overlap [±<49|41>/±<48|61>/±<57|73>/±<72|77>]s 

 

2.2 Test set-up 

A mounting fixture has been designed and 

developed to perform the buckling tests. The 

fixture was expected to exhibit the simple-

support end conditions. The panel’s edges were 

captured between two knife-edge supports. A 

gap between the knives edges at both sides of 

the unloaded panels were set to 2 mm to avoid 
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the Poisson effect during compression. The 

panels were loaded in compression with an 

Amster machine by applying an end-shortening 

displacement to the horizontal edges panels. A 

typical compression panel mounted in the 

support fixture is shown in Fig. 1. 

2.3 Data acquisition and instrumentation 

For data acquisition, sixteen axial strain gages 

were installed to measure the axial strains as a 

function of applied load. Additionally, four non-

contact Laser displacement sensors were used to 

record the panel’s out-of-plane displacements. 

Those sensors were focusing on the panel's 

vertical mid-span. During the test, the data from 

strain gages, out-of-plane displacements, 

applied load and end-shortening were recorded 

at regular intervals. Before applying any load to 

the panel the strain gauges and non-contact laser 

sensors were zeroed.   

 

 

Fig. 1. Test panel mounted in support fixture. 

 

3 Results and discussion  

3.1 Buckling load  

It has been observed from many studies how 

difficult to obtain and determine an accurate 

buckling load experimentally [4]. There are many 

factors which considerably affect the buckling test in 

the experiments such as geometry and material 

panel, the loading machine accuracy and improper 

mounting fixture that cause a misalignment between 

the load direction and the panel. Many methods have 

been used during this study to identify panel-

buckling loads from experimental results. 

3.2 Membrane strains  

Fig.2 shows the experimentally determined axial 

membrane strains (average of back-to-back strain 

gages) across the panel at the gages locations 1 

through 4 for several values of applied compression 

load in the pre- and postbuckling range. 

 

 

Fig. 2. Axial membrane strain versus gage location 

for various load levels (for panel with overlap). 
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1 Introduction  
Recently the research and development of bio-based 
engineering materials have been widely done in 
North America, Europe, Asia and elsewhere [1-8], 
because public attention has been focused on various 
environmental issues such as global warming, waste 
problems, etc. Hence, many researches have tried to 
make high-performance materials by using various 
bio-based resources, such as starch, soy protein and 
plant fiber, in order to establish a resource-
circulating society [9]. Especially the use of natural 
plant fibers as reinforcement is increasing year by 
year  as their specific strength and modulus are 
roughly comparable to those of glass fibers [6]. 
There are many attempts to combine high-strength 
natural fiber with fully biodegradable resin matrix, 
resulting in so-called green composites. Most of the 
green composites therefore exhibit perfect- 
biodegradability, and their disposal treatment 
becomes easier than that of glass fiber-reinforced 
plastics (GFRP).  
Cellulose nanofibers (CNFs) are basic structural 
units of all plants and are among the smallest natural 
fibers. The Young’s modulus of the CNF has been 
measured as around 140 GPa [10]; and its tensile 
strength was estimated to be 1.7 GPa [11]. Because 
the mechanical performance of CNF is comparable 
to that of glass fiber, many research has been 
focused on the examination of its possibilities and 
limitations as nanoscale reinforcement in green 
composite system [12].  
Yano and Nakahara fabricated starch/ 
microfibrillated pulp composites by a press forming 
technique, and evaluated their flexural properties as 
a function of water retention, which is thought to be 
one of the most effective indices for the degree of 
microfibrillation [13]. They also described that the 
mechanical properties depended strongly on the 

degree of fiber microfibrillation; namely the 
reinforcing fibers’ fineness.  
Nakagaito and Yano applied paper-making 
technique to fabricate high strength CNF composites 
[14]. They made paper-like sheets by filtration of 
CNF aqueous suspensions, and then impregnated 
with phenolic resin and compression molded. 
Takagi and Asano also made chemically modified 
starch-based resin/CNF green composites by hot-
pressing method, and examined the effect of 
processing conditions on the flexural properties of 
resultant green composites [6]. They pointed out the 
importance of uniform dispersion of nanofibers in 
the resin matrix. 
In this study, a green composite material of 
polyvinyl alcohol (PVA) reinforced by CNF was 
developed and the strength properties were 
evaluated. Pre-molding sheets (i.e. preform sheets) 
were obtained by drying a mixture of aqueous 
suspensions of CNF and PVA. CNF-reinforced 
PVA-based green composites were fabricated using 
a hot press by laminating a number of sheets inside a 
mold. However, the surface of the dry pre-molding 
sheets would contain many tiny bubbles. It was 
considered that the presence of the air bubbles on the 
surfaces of the sheets is responsible for the reduction 
in the mechanical performance of the resulting 
composites. Therefore we investigated the 
mechanical properties of CNF-reinforced PVA and 
examined the effects of the presence of bubbles 
generated during the fabrication process on the 
composites’ mechanical properties. The effects of 
different parameters such as filler load on the 
mechanical properties were also discussed. 

 

2 Experimental methods 

2.1 Materials 

PREPARATION AND CHARACTERIZATION OF 
NANOCELLULOSE/PVA GREEN COMPOSITES 
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Thin slurry containing 90wt% water and 10wt% 
CNF (Celish® KY-100G, Daicel Cooperation, 
Japan) (Fig. 1) was used as the reinforcing material 
of PVA (RS-2117, Kuraray Co. Ltd., Japan). Figure 
2 shows a SEM photomicrograph of the CNF used in 
this study. Average length of the CNF is 350 μm and 
width ranges from 10 nm to 100 nm according to the 
product’s catalogue [15].  
Before preparing the PVA-CNF suspension mixture 
with a predetermined CNF loading, a dilute 
suspension of CNF in water (CNF suspension) and a 
solution of PVA in water (PVA solution) were made 
using the following sequences. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 1 Macroscopic photograph of KY-100G. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 2 SEM photograph of KY-100G. 
 

2.1.1 Preparation of CNF suspension 
For the preparation of CNF Suspension, 20.0 g of 
CNF and 450 ml of water were stirred in a beaker 
using a magnetic stirrer at 600 rpm for 24 hours at 
room temperature. During this mixing process, the 
beaker was covered with a sheet of thin plastic film 
to prevent water evaporation. 
 
2.1.2 Preparation of PVA solution 
For PVA solution, 500 ml of water in a beaker was 
heated to 90°C using a mantle heater. When the 
water temperature reached 90°C, PVA powder was 
gradually added in the hot water, and was dissolved 
while stirring with a glass rod. The final PVA 
concentration of the CNF suspension was calculated 
by the ratio of the weights of PVA powder added 
and resultant CNF suspension.  
 
2.2 Fabrication of pre-molding sheets 
First, CNF suspension and PVA solution were 
mixed and stirred at 500 rpm for 10 minutes with a 
magnetic stirrer. The liquid mixture was poured into 
a heat-resistant 300 mm by 240 mm plastic tray. 
Then, the tray containing the liquid mixture was 
dried by using a convection-type oven at 70°C for 24 
hours and finally pre-molding sheets were peeled off 
from the plastic tray. 
 
2.3 Vacuum stirrer treatment 

During the stirrer mixing treatment described 
in the section 2.2 many small bubbles could be seen 
in the solution, and therefore the bubbles were also 
formed on the surface of the resultant pre-molding 
sheets after drying. To avoid these small bubbles, a 
vacuum stirrer treatment was applied to the CNF-
PVA mixture (Fig. 3). The process chart is shown in 
Fig. 4. 
 
2.4 Green composites fabrication 
The dried pre-molding sheets were cut into strips 
sized 100 mm by 10 mm. These strips were then 
laminated and set into a metallic mold. Next the 
laminated sheets were hot-pressed at 210°C, under 
10 MPa, for 10 minutes, and cooled down before 
specimens were removed from the metallic mold. 
Then, small burrs at the specimen edges were 
removed with sandpaper, and finally paper tabs of 
35 mm by 10 mm were attached with an adhesive on 
both extremities of the specimens.  
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Fig. 3 Photograph of vacuum stirrer. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 4 Flow chart of fabrication process. 

 
 
2.5 Mechanical characterization 
Quasi-static tensile tests were performed with an 
Instron universal testing machine (Model 5567, 
Instron Corporation, USA) at a cross-head speed of 
1.0 mm/min with a gauge length of 30.0 mm at room 
temperature (Fig. 5). 
 
 
 
 
 
 
 
 
 
 
 
Fig. 5 Shape and dimensions of specimen (in mm). 

 
2.6 Surface characterization 
The fracture morphology of composites and fibers 
was examined by an optical microscope (SZH-10, 
Olympus, Japan) and scanning electron microscope 
(SEM: S-4700, Hitachi, Japan). All samples were 
sputter-coated with gold/platinum prior to the SEM 
observation. 
 

3 Results and Discussion 

3.1 Effect of vacuum stirrer treatment 
If the pre-molding sheets were produced without the 
vacuum stirrer treatment, small bubbles were 
observed on the surface of the entire sheet as shown 
in Fig. 6. However when the vacuum stirrer 
treatment (vacuum defoaming) was performed, 
bubbles were not visible at all on the surface of the 
pre-molding sheets (Fig. 7). 
 
3.2 Mechanical properties 
The pre-molding sheets obtained by vacuum stirrer 
treatment resulted in composites with higher 
mechanical properties as shown by the stress¬-strain 
curves in Fig. 8. Thus we can see that the presence 
of air bubbles generated during stirring and drying 
processes was one factor that reduced the tensile 
strength of CNF green composites. If the pre-
molding sheets contain air bubbles, the surface has 
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irregularities causing adhesion failure when 
laminated to make the composites.  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 6 Macroscopic photograph of pre-molding sheet 
without vacuum stirrer treatment. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 7 Macroscopic photograph of pre-molding sheet 
with vacuum stirrer treatment. 
 
 
In addition, the tensile strength of the CNF 
composites fabricated from vacuum-stirrer-treated 
pre-molding sheets was also affected when the CNF 
content was varied from 30 to 70wt%. According to 
Fig. 9, the tensile strength is highest at 50wt% CNF 
content, but further increases in CNF content does 
not lead to higher strength. Similar dependence was 
also reported in the CNF-starch green composite 
system [16]. 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 8 Typical stress-strain curves of CNF/PVA 
green composites showing the effectiveness of 
vacuum stirrer treatment. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 9 Typical stress-strain curves of CNF/PVA 
green composites as a function of CNF content. 
 
 
3.3 Fracture behaviors 
The fracture surface of the composite with 50wt% 
CNF without defoaming treatment is presented in 
Fig. 10, showing a laminate cracking. This cracking 
might lead to reduction both in tensile strength and 
fracture strain. In addition, there are many small 
holes on the fracture surface as shown in Fig. 11. 
These holes seem to be formed by agglomeration of 
much smaller air bubbles dispersed in the PVA 
solution before drying. The fracture surface of the 
composites with vacuum stirrer treatment is 
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presented in Fig. 12, there is no cracking on the 
fracture surface. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 10 SEM photograph of the fracture surface of 
composite (50wt.%CNF, without vacuum-stirred). 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 11 SEM photograph of the fracture surface of 
composite (50wt.%CNF, without vacuum-stirred). 

 
 

4 Conclusions 

We successfully fabricated CNF-reinforced PVA-
based green composites, and evaluated the 
mechanical properties of the CNF-PVA green 
composites, and then examined the effects of the 
presence of bubbles generated during the fabrication 
process on their mechanical properties. The 
experimental results showed that the vacuum stirrer 
defoaming process is effective to obtain the CNF 

reinforced green composites with better mechanical 
performance. 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 12 SEM photograph of the fracture surface of 
composite (50wt.%CNF, with vacuum-stirred). 
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1 Introduction  

Composite sandwich structures offer good solutions 

to the aeronautic and automotive industries, where 

combining lightness, high stiffness and strength is 

essential. Composite sandwich structures consist of a 

thick lightweight core inserted between two thin 

composite sheets. The three layers are bonded 

together using an adhesive. The skins are usually 

made of metal or composite laminates and provide 

good in-plane and flexural stiffness. The core is 

metallic or non-metallic honeycomb or foam and 

provides good compressive and out of plane 

shearing properties.  

Baseline composite sandwich structures are often 

modified for specific applications. In particular, 

various inserts are used either to improve properties 

or to assemble parts.  

Because they are light and stiff, composite 

sandwiches are also good transmitters both for 

mechanical vibration and acoustic waves. Therefore, 

damping solutions are promoted in the industry to 

prevent mechanical damage or discomfort due to 

vibration and sound. One solution consists of 

inserting a constrained viscoelastic layer between 

face sheet plies [1, 2]. However, inserting 

viscoelastic layers can cause face sheet delamination 

[3, 4], weakening therefore the whole sandwich 

structure. The impact of delamination on the 

properties of the whole sandwich structure is not 

well documented and needs to be investigated. 

Inserts are also implanted within the core either for 

vibration reduction or, more frequently, for 

assembly purposes [5]. As an example, inserts 

placed in the core are used for assembling and 

mounting airplane interior furniture made of 

composite sandwich panels. In addition, when 

manufacturing large parts made of many core pieces, 

gaps can occur between pieces. In such cases, inserts 

or foam injections can be used in order to maintain 

the integrity of the core [6-8]. If the gaps are not 

filled, the real influence of these discontinuities on 

the core properties itself and on the mechanical 

properties of the whole sandwich structure must be 

assessed.  

The purpose of this work is to study the influence of 

two types of discontinuities on the flexural 

properties of a composite sandwich structure. 

Interleaved viscoelastic layers between face sheet 

plies are evaluated through standard tensile testing 

of face sheets and three-point bending tests on 

sandwich beams. Gaps or breaks between core 

pieces are evaluated through three-point and four-

point bending tests to provide shear modulus, 

ultimate strength and failure modes of the sandwich 

structure with core discontinuities. This work is 

carried out from a vibration viewpoint rather than 

fatigue or impact. 

2 Experimental procedures 

2.1 Panel sample manufacturing 

Sandwich panels (400mmx400mmx14,3mm) were 

made of lightweight honeycomb core and woven 

carbon/epoxy fabric face sheets stacked in a [0/45]s 

sequence. Panels were cured in an autoclave under 

controlled pressure and temperature following an 

aeronautic procedure. A 30 degree chamfer was cut 

on the edges of the honeycomb core to prevent 

crushing due to compaction pressure. The chamfer 

also allows a better pressure distribution and 

prevents fibre shifting during curing.  

In order to assess the impact of core modifications, 

discontinuities were artificially created. Figure 1 

illustrates the creation of such discontinuities within 

the core. Small pieces of honeycomb were obtained 

by carefully debonding core sheets along the glue 

line in the ribbon direction (L direction). The pieces 
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were then joined together with no adhesive for 

sample 1 (called cut modification), or with a gap of 2 

mm between two core pieces for samples 2 and 3 

(called gap modification). Three panels with 

modified core and one reference panel were made in 

order to understand the importance of core 

discontinuities in a closed edge panel. The first panel 

contained 15 cut modifications (3 of which were 

placed in each shearing zone), the second panel had 

2 gap modifications (one in each shearing zone) and 

the third panel had 15 gap modifications in the core 

(3 of which are placed in each shearing zone). It 

should be noted that “shearing zone” refers to zones 

of maximal shearing in three or four point bending 

tests. Figure 2 illustrates the panels investigated 

with modified honeycomb core. 

2.2 Beam samples with core modification 

Another set of panels was manufactured using the 

same manufacturing procedure presented in section 

2.1. From those panels, beams were cut using a 

diamond saw. Three reference beams and three 

beams with honeycomb discontinuity were cut to a 

300x60mm2 dimension. The discontinuities were 

placed transversely to the neutral axis of the beam. 

For beam samples, core modifications (cut 

modification or gap modification) were made in such 

a way that only one modification appears in the 

shearing zone. 

2.3 Beam samples with viscoelastic inserts  

In order to assess the influence of interleaved 

viscoelastic layers, sandwich beams (core not 

modified) having face sheets with viscoelastic 

inserts were manufactured. The viscoelastic material 

inserted in the face sheets was a Smacwrap ST film 

from Smac with a thickness of 0.2mm. Each beam 

was 250 mm long, 30 mm wide and had 2 inserts 

placed symmetrically under the outer layer of the top 

and bottom face sheet as seen on Figure 3. Each 

insert pair was placed at a different position along 

the longitudinal axis of the beams. In Table 1, the 

positions of the inserts are given in millimeters from 

one extremity of the beams. The size of each insert 

was 40x28mm2.  

Finally, beams made solely of face sheet laminates 

were produced. Each beam sample was 0.8 mm 

thick (1.0 mm with the insert), 30 mm wide and 254 

mm long. Viscoelastic inserts of 40x20mm2 and 

40x28mm2 were used, thus leaving 5mm and 1mm 

closed edges on each side of the insert, respectively. 

The viscoelastic layers were inserted under the top 

layer of carbon/epoxy composite face sheet before 

curing, as shown on Figure 4.  

2.4 Testing procedure and parameters 

In order to assess the influence of inserted 

viscoelastic films, tensile tests were performed on 

carbon/epoxy laminate beams according to ASTM 

standard D3039. Friction tabs made of the same 

material were bonded at both ends of the specimen 

to ensure good grip. The mechanical testing system 

had a 100kN load cell. Head speed was set to 

2mm/min. An extensometer was used to record 

strain.  

Three point bending test was performed on beams  

in order to evaluate the change of mechanical 

properties due to interleaved viscoelastic films 

between face sheet layers or to core discontinuities. 

The crosshead speed was set to 6mm/min. The 

loading bar has a diameter of 6.4 mm and the 

support bars have a diameter of 3.2 mm for a span of 

230 mm. The test was stopped prior to failure. 

Position of the loading bar was recorded through a 

magnetic sensor with a precision of 1 micron. Panels 

were tested in four point bending configuration 

using the configuration shown on Figure 5. Three 

point bending and four point bending tests were 

done in accordance with ASTM C393 and D7250 

standards.  

The impact of skin modification was studied only 

for open edge beams whereas the influence of core 

discontinuities was investigated using composite 

sandwich beams and closed edge 400x400mm2 

chamfered panels.  

3 Results and discussion 

3.1 Influence of core discontinuity 

Figure 6 shows the load-displacement curve for four 

point bending test of sandwich beams. It can be seen 

that the slope remains unchanged and are in 

agreement with the theory for beam samples 

regardless the nature of the core modification. Core 

discontinuities do not seem to impact the elastic 

behaviour of composite sandwich beams. However 

the load at failure decreases with increasing number 

of gap modifications in the sample. In fact the load 
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at failure varies from 1208 N for the reference 

sample to 1150 N for a sample with 3 gap 

modifications.  

Figure 7 illustrates the load-displacement curve for 

closed edge panels with modified honeycomb core. 

It shows that the effect of core discontinuity 

becomes significant only with 15 gap modifications 

(i.e. 15 consecutive 2mm gaps). In fact a 12% 

decrease of the maximal load is observed for panel 

with 15 gap modifications, with a decrease of 14% 

in the modulus. Samples with cut modifications (i.e. 

pieces of honeycomb placed side-by-side without 

gap) and samples with small number of gaps have 

similar behavior as the reference panel (without 

discontinuities). This key conclusion suggests that 

core can be modified for different applications 

(assembly, damping treatment etc.) without altering 

the mechanical properties of the whole structure if 

the amount of discontinuities remains under a certain 

threshold. Regardless of the type of discontinuity, 

four point bending tests performed on closed edge 

panels led to failures oriented at 45º on the chamfer 

zone as shown on Figure 8. This failure mode is 

related to the stacking sequence the geometry of the 

panel and the loading configuration. 

It should be pointed out that having 15 gap 

modifications within a 400x400mm2 panel 

represents an extreme situation and does not reflect 

the reality. However the analysis made in this work 

contributes to a better understanding of the influence 

of such core discontinuities. Moreover, compression 

tests were not performed on beams or panel samples. 

This test would have revealed a completely different 

failure mode for the tested samples. Finally, impacts 

or fatigue (i.e. cyclic bending or tension / 

compression) were not investigated in this study. 

3.2 Influence of skin modification 

The Young’s modulus for the standard skins (with 

no inserts) was calculated with the laminate theory 

using data from the manufacturer. It yields a value 

of 42.9 GPa, for a deviation of 3.5% with the 

experiments. These results validate both the 

manufacturing process and the quality of the parts 

(see Table 2). Tensile tests showed that the Young’s 

modulus of the face sheet taken alone remained 

unchanged regardless of the width of the inserted 

viscoelastic layer (see Figure 9). The first 4000 με 

are shown on the graph. All three curves are 

identical and fairly linear.  

The Young’s modulus of the samples with inserts 

was calculated using ASTM D3039. The values in 

Table 2 are quite similar for all samples with respect 

to the reference, within the margin of error (i.e. 

deviation within 1%). Moreover the width of the 

insert, and thus the width of the closed borders do 

not change the tensile behaviour of the beam. 

This result suggests that the mechanical properties of 

the laminate remain unaltered as long as the inserted 

viscoelastic layer is not thick enough to locally 

change the fiber orientation along the beam axis.  

Moreover, this result might also reflect the fact that 

cocuring thin viscoelastic films led to good adhesion 

at the carbon/epoxy/film interface avoiding any risks 

of delamination that can degrade the mechanical 

properties of the skin. These results are coherent 

with the assumption that there is no interlaminar 

stress in the part as long as the skin is in purely 

tensile state [1]. This assumption is considered in the 

next section, where skins with viscoelastic inserts 

are used in sandwich beams. Since the tensile 

properties of the skins are unchanged when 

viscoelastic materials are inserted, the change of the 

load-displacement slope of a three point bending test 

will be due to core shearing. 

3.3 Bending of sandwich beams with face sheet 

discontinuity 

Three point bending tests were conducted on 

sandwich beams having face sheets either with or 

without viscoelastic inserts. The results are 

presented on Figure 10. For the sake of clarity, only 

four load-displacement curves are displayed. The 

seven other curves are similar to the ones shown 

here. Two types of failures were observed: core 

shearing (e.g. insert at 175mm) and skin indentation 

(e.g. insert at 115mm). A typical test with core 

shearing is pictured on Figure 11, while Erreur ! 

Source du renvoi introuvable. 12 shows the case of 

skin indentation. Results obtained from Figure 10 

with regards to the maximum load and failure mode 

are gathered in Table 3. The column “Side of 

rupture” in Table 3 refers to the fact that failure 

occurs on one side or the other of the loading bar. 

The statement “With inserts” stands for core failure 

occurring in the half-beam containing the inserts; 

“No inserts” means that core failure occurred in the 

ICCM19 1286



half-beam with no inserts; and “Under the load” 

means that skin failure occurred at the loading bar 

contact point. Figure 13 shows the maximum load 

for each insert with respect to its axial position in the 

skin. Squares are used to indentify  the center of the 

inserts on the horizontal axis, and the maximum 

loads on the vertical axis, , whereas the lines 

represent insert span. The dashed line gives the 

position of the loading bar. It can be seen that all 

maximum loads are ranged between 619 N (i.e. the 

maximum load of the reference) and 540 N (i.e. the 

maximum load of the sample with inserts at 115 

mm). The maximum load at rupture of samples 

which failed in skin indentation is significantly 

lower than the reference, and lower than all other 

samples.  With respect to the reference beam, the 

maximal load is 10 % lower when the interleaved 

viscoelastic layer is under the loading bar (inserts 

located at 115 mm or 135 mm on Table 3). This 

decrease is less significant (less than 5 %) when the 

viscoelastic layer is placed elsewhere along the 

beam axis. Additionally, the Young’s modulus 

remains unchanged regardless of the position of the 

viscoelastic layers. This observation tends to 

confirm that interleaved viscoelastic layers do not 

change the tensile behavior of the sandwich face 

sheets.  

All beams failed due to core shearing except when 

the viscoelastic layer was located directly under the 

loading bar. The core shearing failures in the 

samples is randomly distributed on either sides of 

the loading bar, suggesting that the viscoelastic layer 

is not the only weak spot of the sandwich structure. 

Samples with viscoelastic layers located directly 

under the loading bar underwent early indentation 

failure due to the compression of the bar. This is a 

common issue in honeycomb sandwich panels with 

localized loading. Therefore the influence of 

viscoelastic inserts in samples with no external load 

at the site of the inserts is more representative of the 

real life applications of such construction, except for 

impact situations. 

4 Conclusions 

It was shown that core discontinuities or face sheet 

modifications do not drastically affect the 

mechanical properties of the composite sandwich 

panel. In order to observe noticeable impact, the 

amount of open gaps in the core must be significant. 

In the case of interleaved viscoelastic layers, 

behavior may be critical if the layer is located 

directly under the loading force, as could occur 

during impact. This investigation demonstrated that 

modifying core or face sheets of composite 

sandwich structure for assembly or vibration 

damping purposes can be done without altering the 

flexural mechanical properties of the sandwich.  
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Fig.1. Schematic of core modifications. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.2. Schematic of core modifications in the panels. 
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Fig.3. Stacking sequence of the composites sandwich beam with interleaved viscoelastic layers. 

 

 

 

 

 

 

 

Table 1 Position of inserts along the beam axis. 

Sample 
Position of the middle 

of the insert [mm] 

0 15 

2 35 

4 55 

6 75 

8 95 

10 115 

12 135 

14 155 

16 175 

18 195 
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Fig.4. Position of the viscoelastic film within the carbon/epoxy laminate. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.5. Location of shearing zones in four-point bending tests. 
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Fig.6. Impact of modified core beams in four-point bending. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.7. Impact of core discontinuities for close edge panels. 
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Fig.8. Chamfer failure. 

 

 

 

 

 

Table 2 Tensile modulus of the skin laminates. 

 

 

 

 

 

 

 

 

 

 

 

 

  Modulus [GPa] 

Tensile sample 1 41,2 

Tensile sample 2 41,8 

Tensile sample 3 41,3 

Average 41,4 ±0,4 

Laminate theory 42,9 

Deviation 3,49% 
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Fig.9. Modulus of skins with viscolelastic layers. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.10. Three point bending test of sandwich beams with modified skins. 
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Fig.11. Typial three-point bending test after failure. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.12. Core crush after skin indentation. 
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Table 3. Three-point bending test results of sandwich beams with modified skins. 

Position of the 
insert [mm] 

Maximum 
Load [N] 

Deviation from 
reference 

Side of 
rupture 

Type of 
rupture 

Displacement  
at failure [mm] 

Reference 619 / / Shear 5,2 

35 580 6,3% With inserts Shear 4,7 

55 585 5,5% No inserts Shear 5,1 

75 562 9,2% With inserts Shear 4,5 

95 571 7,7% No inserts Shear 5,4 

115 540 12,7% 
Under the 

load 
Skin 3,9 

135 567 8,4% 
Under the 

load 
Skin 4,1 

155 585 5,4% With inserts Shear 5,0 

175 600 3,1% No inserts Shear 4,7 

195 598 3,4% With inserts Shear 5,3 

215 602 2,7% With inserts Shear 5,6 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.13. Load at failure in three-point bending test with respect to the position of inserts. 
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  Abstract  1.

Braided composites have a complex internal 
geometry with two or more sets of intertwined and 
undulated yarns. The internal geometry strongly 
depends on the shape of the desired component and 
on process parameters. This increases the demand 
for material characterization and constitutive 
modeling for structural analysis. 
This paper presents an approach for the prediction of 
the nonlinear material behavior of biaxial braided 
composites using finite element (FE) unit cells. A 
repeating unit cell (RUC) with beam elements 
representing the yarns is used for the prediction of 
the constitutive behavior. The approach, based on 
Cox’s binary model [1], yields several advantages: a 
fast and automated model generation and meshing 
process in combination with numerical efficiency 
due to the decreased number of degrees of freedom 
(DOFs). Main goal of the unit cell calculations is to 
predict the influence of the internal geometry of the 
braided composite onto the elastic, nonlinear and 
failure behavior. Two biaxial braided composites 
with 45° and 60° braiding angle are modeled in this 
paper. Elastic and nonlinear predictions match the 
experimental results and the stress field obtained 
correlates well with a classical continuum unit cell. 

 Introduction 2.

The increased demand for carbon fiber reinforced 
polymers (CFRP) accelerates the trend from manual 
and expensive hand layup towards automated and 
robust manufacturing processes. Braiding is an 
automated preforming process for liquid composite 
molding (LCM): the fibers are formed to a dry fiber 
preform, which is subsequently impregnated with a 
polymer resin using a LCM process. The possibility 
to automate these processes helps to drastically 

reduce cycle times and manufacturing costs for high 
volume production. 

Fig. 1: Braiding machine with 176 bobbins (a); principle 
of bobbin movement (b) 

The braiding process is able to produce near-net-
shaped preforms by overbraiding shaped mandrels 
(Fig. 1): the yarns, stored on bobbins, counter-rotate 
around the braiding center and create an interlaced 
yarn pattern that deposits directly on the mandrel. 
The yarn architecture of a biaxial braid can be 
compared to a woven fabric, with the difference that 
the braid offers more variability, e.g. the two yarn 
directions can be non-orthogonal. The orientation of 
the yarn directions is defined by the braiding angle 

, which is the angle between the take-up direction 
of the mandrel and the yarns. A global configuration 

(a) 

(b) 
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of the yarn architecture (e.g. braiding angle, preform 
thickness, etc.) can be adjusted for mandrels with 
constant cross-section using the braiding machine 
process parameters. If either shape or dimension of 
the mandrel cross-section changes, the yarn 
architecture varies locally, which leads to changing 
material properties on the structure. 
For the structural analysis of a braided component, 
these local variations of material properties are a big 
challenge: a material modeling approach for braided 
composites has to be able to predict the influence of 
the internal geometry to the stiffness and strength of 
the material. This paper uses a multi-scale modeling 
approach to achieve this. First, on the micro scale, 
micromechanical equations are used to calculate the 
mechanical properties of impregnated yarns based 
on fiber and matrix values. These properties are used 
as an input to the meso scale: in unit cell 
calculations, the yarn architecture of braided 
composites is used in conjunction with the 
mechanical properties of yarns and matrix to 
calculate the yarn architecture influence to the 
effective properties. The predicted properties can 
further be used to feed a macro scale analysis of a 
structural component, where mechanical properties 
of braids with different yarn architectures are 
needed. This paper mainly focuses on the meso-scale 
simulations, where a novel unit cell comprising 
beam and continuum elements is used to model the 
constitutive behavior of braided composites with 
different yarn architectures. 

 Unit Cell Modeling  3.

3.1. Binary Beam Model (BBM) 

The unit cell modeling approach in this paper is 
based on the idea of Cox’s binary model [1]: the 
longitudinal yarn properties are represented by 1D 
line elements while the yarn transversal and shear 
properties as well as the properties of the matrix 
pockets are represented by the so-called effective 

medium continuum elements. Thus, the cross-section 
of the yarn is not discretely modeled as e.g. in a 
continuum unit cell (Fig. 2), but included through 
the cross-section definition of the line element. This 
geometrical idealization offers several advantages: it 
helps reducing the hand-effort for the unit cell 
creation and meshing, decreases the model size in 
terms of degrees of freedom and thus allows for 
numerically efficient unit cell models. 
In contrast to the models published by Cox, which 
use truss elements for the yarns, the presented 
approach uses beam elements. This is mainly due to 
two reasons: beam elements are able to model the 
bending stiffness of the impregnated yarns and the 
shape of the cross-section can be considered using 
the second moments of inertia of the beam. 
Furthermore beam elements provide information 
about the bending-induced stresses in the undulation 
interval. This enables to perform a more detailed 
stress analysis, which is inevitable when the unit cell 
is used for a failure analysis. 
The unit cell calculations presented were performed 
using the implicit commercial finite element code 
Abaqus/Standard 6.11 [4].  

3.2. Geometric modeling  

Based on the parameters measured from 
photomicrographs, a geometrical model of the 
braided composite can be built. The authors use the 
WiseTex [3] software for this purpose. WiseTex 
approximates the yarns piecewise using parametrical 
functions and calculates the yarn path inside the unit 
cell by minimization of the bending energy. Based 
on yarn width, yarn height, yarn spacing and 
braiding angle WiseTex is able to provide a 
description of the yarn path inside the unit cell. With 
the command line interface and XML data format of 
WiseTex [5], the geometrical modeling can be 
integrated straightforward into the unit cell analysis 
by using e.g. Python scripting. For the binary beam 

Fig. 2: Binary beam model: yarns in the unit cell are idealized using beam elements and embedded into the continuum 
elements of the effective medium 
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model, the coordinates of the yarn path are exported 
from the Wise Tex XML file for further usage in the 
FE model. 

3.3. Elastic material model 

A parametric model should be able to model braided 
composites with different fiber volume fractions, 
which means that the packing density  (fiber 
volume fraction in the yarn) and thus the material 
properties of the yarn may change. The elastic 
constants used for the binary beam model are 
therefore calculated using a micromechanical 
approach. Chamis’ micro-mechanical model was 
chosen for this task as it is commonly used for the 
calculation of yarn properties [6].  
Main idealization of the binary beam model is to 
split up the yarn properties into longitudinal and 
transversal properties, which are modeled by 
different types of elements. This requires a modified 
definition of the material properties: the beam 
elements representing the axial and bending stiffness 
of the yarns are assigned the yarn stiffness, which 
means that the packing density  is used as fiber 
volume fraction. Furthermore it should be 
considered that beam elements (BE) and effective 
medium (EM) continuum elements fill out the same 
space superimposing the material properties of both. 
To prevent double accounting of transversal stiffness 
of the yarns, the transversal yarn modulus has to be 
subtracted from the longitudinal yarn stiffness. The 
effective medium shall represent transversal and 
shear properties of the yarns as well as properties of 
the matrix pockets. Consequently, the overall fiber 
volume fraction of the unit cell is used for the 
calculation of these properties. An overview of the 
material property assignment is given in eq. (1)-(3). 

 

 

(1) 

 (2) 

 (3) 

In this publication, beam and effective medium 
elastic constants are calculated based on coupon test 
data: unidirectional (UD) and bulk matrix tests 
results are used to calculate fiber properties, which 

are then used for prediction of elastic yarn properties 
at the desired fiber volume fraction. 

3.4. Plasticity model 

The constitutive behavior of most carbon fiber 
reinforced plastics in matrix dominated loadings 
exhibits strong nonlinearities before final failure. 
These nonlinearities are due to different mechanisms 
occurring at the microscopic level and the nature of 
these effects can be different: e.g. transversal inter-
yarn cracking, viscoelastic or plastic deformation 
inside the matrix can be the source. Description and 
modeling of these effects with a physical based 
model goes beyond the scope of the current study. 
But as the mechanical response of biaxial braided 
composites, e.g. for the take-up direction of a (±45°) 
braid, may be governed by the matrix properties, a 
possibility to account for these nonlinearities is 
included in the binary beam model.  
As shown by Flores et. al. [7] a convenient and 
efficient implementation of the matrix nonlinearities 
may be achieved by using an elastic-plastic material 
model in the isotropic effective medium. 

 
Fig. 3: Linear Drucker-Prager yield criterion with fully 
associated flow and isotropic hardening in the p-t plane 

Analogous to [7] a Drucker-Prager yield criterion 
(Fig. 3) with a fully associated flow rule and an 
isotropic hardening function was chosen for the 
effective medium. A general form of the yield 
criterion is given by 

tan ∗ , (4) 

where  is the von-Mises stress and  the 
hydrostatic pressure. The term tan  describes the 
pressure dependence of the yield criterion and  is 
the yield stress whose dependence to the 
accumulated plastic strain is given by the hardening 
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law. For the calibration of the yield function, the 
parameter  has to be obtained and an appropriate 
hardening function has to be given. The nonlinear 
behavior of biaxial braided composites is believed to 
be mainly due to the shear-nonlinearity of the 
transversely isotropic yarns. Therefore, a shear 
hardening curve from a (±45°) experiment using 
unidirectional plies of the same fiber/matrix 
combination is used for the calibration. Additionally 
the pressure dependency was taken from [8].  

3.5. Coupling of beam and continuum elements 

The binary beam model uses two different types of 
elements namely beam and continuum elements to 
represent yarns and matrix in the unit cell. Beam and 
continuum elements are superimposed in the 
geometric definition of the unit cell, but the degrees 
of freedom of the elements are not inherently 
coupled. A method employing multi-point 
constraints (MPCs) is used in this paper to couple 
the translational displacements of the two. Every 
beam element node is allocated to a continuum host 
element and the translation DOFs of the beam node 
are constraint to be equal to the interpolated nodal 
displacements of the hosting continuum element. 
The interpolation is performed by means of the 
beam nodes’ relative position in the continuum 
element. This approach, in contrast to node sharing, 
allows the meshes of beam and continuum elements 
to be independent in size and ensures a hexahedral 
continuum element mesh (Fig. 4). The coupling of 
beam and continuum elements can be easily 
introduced into the analysis be using the embedded 
elements function available in Abaqus. 

3.6. Gauge averaging 

For the prediction of failure inside a structure, 
commonly local stress fields (point stresses) are 
used. For the binary beam model, the stresses 
associated with matrix-dominated failure modes are 
taken from the effective medium. Due to the 
coupling of beam and continuum elements, 
singularities in the stress field of the effective 
medium arise, i.e. that these stresses are mesh-
dependent and shall not be used for failure analysis. 
To overcome this problem an averaging scheme 
based on the idea of gauge averaging [9] is used in 
this paper. Gauge averaging bases on the idea that 
the failure modes of a composite are connected to 
distinct length scales, thus a stress averaged over 
certain length or volume should be used for the 
failure prediction.  

 
Fig. 5: Beam element node (cross) and corresponding 

nodes for volume averaging 

In this paper, volume averaged stresses are 
calculated: for every beam node an averaging 
volume is defined and the nodes of the effective 
medium lying inside the averaging volume are 
associated to this node. In the post-processing the 

(a) (b) 

Fig. 4: Multi-point constrains for coupling of beam and continuum element nodes (a) and mesh of unit cell with beam 
elements (blue) constraint by MPCs (b) 
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stress tensor of the beam node is calculated by 
averaging the stress tensors of the continuum nodes  
Fig. 5). It can be shown that the stresses obtained by 
this averaging procedure are mesh-independent and 
can be used for a failure analysis.  

3.7. Periodic boundary conditions 

A rhombic representative unit cell is used in all 
calculations, where the angle of the rhombus 
changes with the braiding angle. The shape of the 
unit cell including the periodicity vectors is given in 
Fig. 6. Two-dimensional periodic boundary 
conditions in the form of eq. (5) are used for all 
calculations. The periodic boundary conditions 
couple the translational degrees of freedom of the 
effective medium nodes on adjacent faces, which 
implicitly includes the beam nodes lying on the 
faces, as these are coupled using the MPCs 
described above. 

 (5) 

The macroscopic loading of the unit cell is 
introduced via so-called masternodes, controlling the 
relative displacement between two adjacent faces. 
The loading can be force or displacement controlled, 
where the effective stresses respectively strains are 
calculated from the masternode forces and 
displacements according to [10]. 

 
Fig. 6: Shape of rhombic repeating unit cell and 

periodicity vectors 

Additionally to the in-plane boundary conditions, an 
appropriate out-of-plane support has to be defined. 
In this paper, the lower side of the unit cell was 
fixed, while the upper side was left free to deform. 
This is equivalent to assuming an out-of-phase (OP) 

stacking of a two ply laminate. The OP boundary 
condition was chosen, as there is not a unique 
definition valid for a laminate consisting of different 
stacking as observed for the braids investigated in 
this study (Fig. 7). Furthermore, for such mixed 
stacking laminates, the out-of-plane deformation is 
believed to be rather small and closer to the OP-
stacking case.  

 
Fig. 7: Stacking of plies in a (±45°) braided laminate 

 

3.8. Implementation 

The procedure of creation, meshing and analysis of 
the binary beam model was integrated into a 
MATLAB routine including all pre- and post-
processing steps: the WiseTex model is build using 
the XML data format and command line interface 
The yarn paths are transferred into the Abaqus/CAE 
preprocessor, where the model is created, meshed 
and material properties are defined. Following up, 
the periodic boundary conditions are added to the 
model and the analysis is started. After the analysis 
the necessary post-processing steps are conducted. 

 Study Case / Material description 4.

In this study the constitutive behavior of a 2x2 
biaxial braided composite consisting of Toho Tenax 
HTS 40 12K t0 carbon fiber yarns and HexFlow® 
RTM6 epoxy resin is modeled. The braid preforms 
were produced using a Herzog braiding machine 
consisting of 176 bobbins (Fig. 1). Braids of 
different braiding angles, namely 45° and 60° were 
considered. The experimental results used for 
assessment of the model predictions were obtained 
by coupon tests: the yarns were braided on a 
cylindrical mandrel, cut and draped down on a flat 
surface. Eight plies were stacked on top of each 
other and impregnated using the vacuum assisted 
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process (VAP). Coupons were cut out of the panels 
and tested according to the AITM 1-0007 [11] 
standard. 
As the discrete architecture of the fibers is modeled 
in the unit cell, geometric parameters of the braided 
composites are needed as an input for the model. 
Photomicrographs were cut out at several positions 
of the cured braid laminates. A microscope was used 
to measure yarn width, yarn height, yarn spacing and 
laminate thickness. Tab. 1 gives an overview of the 
geometric parameters used for modeling. 
The material properties of impregnated yarns and 
matrix pockets inside the braided composites were 
obtained by coupon testing. Unidirectional laminates 
using the same fiber and matrix combination were 
produced by filament winding and impregnated 
using VAP. Coupons were cut out of the test panels 
and tension and compression tests were conducted in 
longitudinal and transversal direction.  

 Elastic results  5.

Biaxial braided composites with different braiding 
angles, namely 45° and 60° were investigated. The 
geometric parameters given in Tab. 1 were used to 
build up unit cell models and linear elastic FE 
calculations were performed. Three load cases, 
tension in 11-direction, tension in 22-direction and 
in-plane shear (Fig. 6) are needed to obtain the 
elastic constants. The average stress and strain in the 
unit cell is calculated from displacements and forces 
at the masternodes. The three load cases provide all 
entries of the in-plane stress stiffness matrix, thus 
the stiffness in any other direction may be 
calculated. 
Tab. 2 shows a comparison of the elastic constants 
obtained from the binary beam model to method of 
inclusions (TexComp [3]) as well as experimental 
results. It can be seen that the model correlates very 
well with the experimental results. The binary beam 
model slightly overestimates the stiffness in all 
cases, which mainly is attributed to two reasons: the 
experimental modulus is obtained in the strain 

interval from 0.1 % to 0.3 %. In this strain interval 
the material behavior of the matrix dominated load 
cases (11 and 22) is already nonlinear, which leads 
to a lower modulus compared to the initial one 
obtained by the linear elastic calculations. In 
addition the fixed out-of-plane displacement of the 
unit cell presents the stiffer limit, which is mainly 
seen for the fiber dominated (1F) load cases. The 
bigger deviation of 12.1% in the 22-direction in the 
(±60°) braided composited is attributed to deviations 
of the braiding angle inside the test panel, which 
have a major impact onto the stiffness. Overall the 
elastic predictions obtained by the binary beam 
model correlate very well with the experimental 
results. 

 Influence of nonlinearities  6.

Several types of nonlinear effects in textile 
composites are reported in literature. For a 
classification the sources of nonlinearity can be 
divided into two groups: geometrical and material 
nonlinearities. Geometrical nonlinearities are due to 
the discrete reinforcement of the fibers, which has a 
defined structure that deforms under loading. The 
most interesting effects for biaxial braided 
composites are the rotation of the fibers towards the 
load (scissoring) and the straightening of undulated 
fibers (Fig. 8). Material nonlinearities are mostly 
induced by the matrix as described in section 3.4. 

6.1. Geometric nonlinearities 

Geometric nonlinearities are considered in the unit 
cell by including big deformations into the FE 
analysis. The results of a geometric nonlinear unit 
cell analysis are exemplarily shown for a (±45°) 
braid in Fig. 9: For tension in the fiber direction 
(1F , no influence of fiber stretching can be seen, 
whereas the tension in take-up direction (11) shows 
some deviations from the linear solution. But it 
should be noted that in the strain range where the 
materials investigated in this study fail, the 
discrepancy is less than 3% between linear and 

Tab. 1: Geometric parameters measured from photomicrographs 

braiding angle 
[°] 

yarn width 
[mm] 

yarn height 
[mm] 

spacing 
[mm] 

laminate height 
[mm] 

packing density
[%] 

45 3.10 0.28 3.05 3.89 67 
60 2.42 0.37 2.17 3.05 66 
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nonlinear solution. For the other study cases, the 
obtained results were similar, so it can be summed 
up that nonlinear geometric effects may be more 
dominant for materials with higher failure strains, 
but have only minor influence to the mechanical 
response of the braided composites in this study. 

6.2.  Material nonlinearities 

The presented paper uses a phenomenological 
material model to describe the nonlinear material 
behavior before final failure observed in braided 
composites. Both, matrix microcracking and plastic 
deformation is modeled using an elasto-plastic 
material model with a linear Drucker-Prager yield 
criterion for the effective medium. This is sufficient 
for the current case, as only monotonically 
increasing loads are investigated. The plasticity 
model was calibrated as described in section 3.4 and 
assigned to the effective medium.  
The results obtained from the non-linear material 
model are exemplarily shown for a (±45°) braided 
composite in Fig. 10: For the fiber direction (1F) the 
model predicts a linear stress-strain behavior, which 
is in good correlation with the experimental results. 
It should be noted that the oscillations in the test 
curve are non-physical and due to the blistering of 
the stochastic dot pattern applied on the specimen 
surface for the digital image correlation (DIC) strain 

measurements. For the take-up direction (11), the 
material behavior is rather non-linear which can be 
predicted by the plasticity model in the effective 
medium. It should be noted that, as for the 1F-
direction, the strain measurement failed before final 
failure, i.e. the end of the stress-strain curve is not 
the final failure.  

 Stress analysis: 7.

As described in section 3.6 the stress analysis of the 
binary beam model is conducted by applying volume 
averaging to the stress field inside the effective 
medium. In the presented calculations a cylindrical 
averaging volume with a diameter of half the yarn 
width and a height equal to the yarn height is used. 
To account for the periodicity of the stress field, all 
averaging volumes intersecting the faces of the unit 
cell include the corresponding nodes on adjacent 
face of the unit cell. The validity of the gauge 
averaging approach is checked in this paper by 
comparing the volume-averaged stresses to the ones 
obtained by a full continuum model. For this 
purpose, two models of a (±45°) biaxial braided 
composite were built based on the same geometric 
model.  
The models were analyzed in a linear elastic finite 
element calculation with a uniaxial load applied in 
one of the yarn directions. As the gauge averaging 
calculates the yarn stresses for every beam element 
node, the comparison of the models is given in terms 
of yarn normal stresses. Fig. 11 (a) shows the 
longitudinal stress on the bottom of a yarn in the 
loading direction: the binary beam model is able to 
reproduce the bending-induced stress concentrations 
in the crimp interval of the yarn. Both, the position 
of the stress peaks as well as the magnitude are 
captured by the BBM.   

Tab. 2: Comparison of elastic predictions from the binary beam model to experimental results 

    Youngs Modulus [GPa]    

  Predictions  Experiment Deviation [%] 

Direction braiding angle  TexComp Binary Beam Model  

11 45° 13880 14607 13100 ± 500 11.5% 
1F 45° 71040 72220 68200 ± 2100 5.9% 

 
11 60° 8134 9033 8476 ± 643 6.6% 

22 60° 39660 41673 37172 ± 2444 12.1% 
      

 

Fig. 8: Nonlinear geometrical effect (a) yarn 
straightening (b) yarn scissoring 

(a) 

(b) 
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Fig. 9: stress strain curve from a geometrical nonlinear analysis 

 

Fig. 10: Comparison of non-linear simulations to experiments 
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The transversal stress in a yarn perpendicular to the 
loading direction is shown in Fig. 11 (b). The graph 
shows that the local variations of the stress along the 
yarn predicted by the continuum model are also 
captured by the BBM. The stress along the beam 
element is smoother than the one from the 
continuum model, which is due to the averaging 
procedure, but the general trend and the magnitude 
of the stress are captured well. 

 
(a) 

 
(b) 

Fig. 11: Stresses obtained from the binary beam model 
compared to a full continuum model 

 

 Conclusion 8.

Based on Cox’s binary model a finite element unit 
cell comprising of beam and continuum elements 
was developed for the analysis of biaxial braided 
composites. Material models for linear-elastic and 
elastic-plastic material behavior of yarns and matrix 
are given. Furthermore an averaging procedure is 
introduced that allows a mesh-independent solution 
of the stress field inside the effective medium. 
Elastic predictions are compared to experimental 
values and a good accordance is obtained. The 
nonlinear simulations showed that the effects of 
nonlinear material behavior dominate the response 
of the unit cells and that the elastic-plastic material 
introduced is able to capture this. Finally a 
comparison of the gauge-averaged stress field inside 
a yarn to a full continuum model showed that the 
gauge-averaged stresses are in good correlation to 
the ones obtained by the classical continuum 
solution. Further studies will be conducted 
concerning the prediction of failure using the binary 
beam model. 
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1. Introduction

Metal matrix composites (MMCs) are attractive for
numerous applications in several fields as aerospace,
automotive and sports industries since they exhibit
excellent mechanical properties combined with
relatively low cost [1]. Al-based MMCs are well
known for their high specific strength, hardness and
wear resistance [2]. Among various discontinuous
dispersoids, SiCp have been found to have excellent
compatibility with the aluminium matrix, making
their composites reference materials [3].

The enhancement in mechanical properties,
regarding the unreinforced alloy, is a result of the
ability of Al-Si/SiCp composites to withstand high
tensile and compressive stresses by the transfer and
distribution of the applied load from the ductile
matrix to the reinforcement phase [4]. The
improvement in properties also is dependent on
mutually interactive influences of the intrinsic
properties of the composite constituents, and the
size, shape, orientation, volume fraction and
distribution of the reinforcing phase in the metal-
matrix. However, there are some disadvantages in
properties upgrading such as inadequate fracture
toughness, limited damage tolerance and poor tensile
ductility compared to the unreinforced counterpart.
Between available reinforcement morphologies,
particulate reinforced composites as Al/SiCp exhibit
improved physical and mechanical properties since
they are generally isotropic and they can be
processed through conventional methods used for
metals. The presence of the reinforcement has been
found to result in smaller grain size, accelerated
aging and in precipitate distribution, morphology
and size in the metal-matrix. A high density of
dislocations arises near the interfaces between the
reinforcement and the metal-matrix as a result of the

mismatch in the coefficient of thermal expansion
between the SiC particle and the aluminium alloy.
The contraction of the matrix during cooling induces
plastic deformation, causing an increase in the
density of dislocations [5, 6].

Many studies have dealt with fracture of metal-
matrix composites with reinforced ceramic particles,
between them Razaghian et al. [7] investigated the
fracture behaviour of a SiC particulate reinforced
7075 aluminium alloy under uniaxial tensile loading
in the temperature range 25 – 400 °C. The ductility
of the composite was found to be much lower than
that of the monolithic alloy at all temperatures, but
both materials exhibited similar strength levels
above 300 °C. Particle fracture was the main damage
mechanism prior to final fracture at room
temperature, while interface debonding together
with interparticle voids were dominant features in
fracture at high temperature. Large particles and
regions of clustered particles were found to be the
locations prone to damage in the composite at both
room and high temperatures. At room temperature,
particle fracture was observed at clusters of particles
as well as in large particles, whereas at high
temperature voids nucleated in the matrix closely
adjacent to particles and at particle ends. This can be
attributed to the high local stress in these regions and
the high probability of flaws in large particles.

Several manufacture methods for Al-Si/SiCp
fabrication are currently in use. In liquid-phase
processing routes, which are the most widely used,
the solidification synthesis of metal matrix
composites involves producing a melt of the selected
matrix followed by the introduction of a
reinforcement material into the melt, obtaining a
suitable dispersion. Casting composite materials,
also called compocasting, is a promising route which
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has advantages as simplicity, low cost, flexibility
and applicability to large quantity production. In
preparing Al-Si/SiCp composites by the casting
route, there are numerous factors that need
considerable attention, including the difficulty of
getting a uniform distribution of the reinforcement
material, wettability between the two main
substances, porosity in the cast metal matrix
composites, and chemical reactions between the
reinforcement material and the matrix alloy. In order
to achieve the optimum properties of the metal
matrix composite, the distribution of the
reinforcement material in the matrix must be
uniform, and the wettability or bonding between
them should be optimized [8].

Processing Al-Si/SiCp composites has some
difficulties related to the interaction between the
matrix and the reinforcement. The low wetting of
SiC by molten aluminium and the high reactivity
between both constituents, especially at high
temperatures (>752 ºC), can be considered as
limiting factors which make the manufacture of
Al/SiCp composites difficult [9]. At low interaction
temperatures, wetting of SiC by molten aluminium
is small and SiC particles are segregated to the
interdendritic spaces during solidification. Raising
interaction temperature encourages the reactivity
strongly leading to an increase in wettability
between aluminium and SiCp, and therefore, a better
reinforcement distribution [10]. At high interaction
temperatures, direct reaction between SiC and Al
occurs to form hexagonal platelet-shaped Al4C3

crystals and free Si according to:

4 Al + 3 SiC → Al4C3 + 3 Si (1)

The interfacial reaction is known to have undesirable
effects on the overall composites properties: (i) poor
ambient resistance due to the unstable nature of
Al3C4 in presence of humidity, methanol, HCl, etc.,
(ii) degradation of the reinforcement owing to the
formation of Al4C3, may cause a decrease in strength
and modulus, and (iii) the free Si, formed as a result
of the interfacial reaction, produces the Al-Si
eutectic during fabrication or heat treatment stage,
resulting in unintended mechanical properties of the
matrix alloy. For that reason, fabrication of Al-
Si/SiCp composites devoid of Al4C3 has been one of
the major concerns [11].

Three methods are widely used to control reaction
(1): (i) addition of a large amount of Si into the Al,
normally 10-12%, to displace the reaction to the left;
nevertheless this alternative limits the number of
alloys that can be used as matrices. (ii) Coating of
the reinforcement with metal or ceramics has been
successful to some extent both for preventing the
detrimental interfacial reaction and enhancing the
wetting characteristics. Silica is one of the most
successful coatings used. It can be obtained either
through direct oxidation or via sol-gel. SiCp can be
oxidized in air at temperatures higher than 1100 °C
to obtain a partially crystalline nanometric thick
silica coating that goes under stress during cooling
because of the volume change associated to the
transformation. Although this layer protects the
reinforcement, its rapid consumption gives place to a
preferential etching of SiCp and to the formation of
aluminium carbide in the oxidation layer cracks due
to their stress state. The sol-gel procedure gives
place to a continuous micrometric amorphous silica
coating that works out more properly, because of its
wider thickness and continuous and free stress
structure. Moreover, it is also possible to reach a
higher degree of design in its inner structure, by
means of heat treatments, which allows controlling
its reactivity. (iii) Reducing the interaction
temperature during processing [3, 12].

The mechanical properties of composites are
generally depending on the interface bonding
between matrix and reinforcement. To achieve
superior mechanical properties in Al-Si/SiCp
composites, it is essential to form interfaces that do
not degrade the reinforcement during fabrication and
that retain the structural stability both for corrosive
environments and at elevated temperatures. The
characteristic of the interface bond are affected by
factors such as processing temperature, time and
method, composition of the matrix and characteristic
of the reinforcement surface [12, 13].

In this study, the effect of time and temperature
during liquid casting been studied on the degradation
of different Al/SiCp composites. Sol-gel silica
coatings have been deposited on the SiCp to
evaluate its effect in the characteristics of the
composite. All the samples have been evaluated by
means of a three-point bending test in notched
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samples carried out in Scanning Electron
Microscope (SEM). Values such as yield and
maximum stress, fracture toughness have been
determined. The use of SEM images has also
allowed determining the main fracture mechanisms
that take place during crack propagation in each
system [14, 15].

2. Experimental procedure

2.1 Processing

Al/SiCp composites were fabricated by stir casting
with two Al-Si alloys, A356 and A380, reinforced
with SiCp particles in a 10 % volume fraction with
an average particle size of 15.3 µm.

The following methodology was used for Al/SiCp
fabrication. A resistance furnace was used for
melting and mixing. First, the aluminium alloy was
melted at 700 °C and a 1 % of Mg was added for
improving SiCp wetting by the aluminium alloy. For
homogenisation purposes, 15 minutes of stirring was
performed. After that, fluxes were added and manual
skimming of the melting surface was carried out.
Then SiCp were poured slowly and continuously
into the molten metal via a vortex made by
mechanical agitation. The impeller was frequently
moved vertically within the mixture to ensure a
uniform distribution of the SiCp.

At this stage, two different procedures were
followed and two kinds of specimens were
produced, apart from the own alloy without
reinforcement that was used for comparative
purposes. A380/SiCp composites were fabricated
with an hour of stirring time at 700 °C. In this case,
SiCp reinforcement was used in the as-received state
and after being coated by SiO2 using a sol-gel route.
The second type of composites evaluated were
A356/SiCp composites fabricated with 21 h of
stirring time and melting temperatures of 700, 750
and 850 °C. In this case, uncoated particles were
used.

2.2 SiCp coating procedure

The sol-gel method was used for coating the SiCp
reinforcement with a SiO2 layer by using the

following procedure. First the sol was prepared by
mixing TEOS (tetraethylorthosilicate) with ethanol
and then acidulated with drops of diluted HCl. The
mixture was then maintained in constant stirring for
2 hours. After that, SiCp were immersed in the
mixture and stirred for 2 hours while the formation
of the gel takes place. Once coatings were formed on
the surface of SiC particles, they were filtered,
cleaned with ethanol and dried for 1 hour at 120 °C.
Finally, the coating was consolidated by heating the
coated particles at 500 °C for one hour.

2.3 Hardness testing

The Vickers hardness of the processed composites
was measured using a Testor 2100, Instron hardness
tester with a load of 50 N applied for 15 s. The
values shown are the average of ten measurements
for each condition.

2.4 Microbending tests

Samples of 33 × 5 × 2.5 mm3 were polished, etched
and notched with a U-notch. The bending tests were
conducted using a three-point bending stage, with a
maximum load of 200 N from Deben, on a Hitachi
S-3400N to observe the in situ crack growth during
the test carried out at room temperature. Loading
was applied under displacement control with a
displacement speed of ~0.5 mm/min. During test
flexure load, flexure extension and SEM images
were recorded. In situ crack growth was recorded
with the SEM during the test.

The stress, σ, and the strain, ε, were converted from
the recorded raw data according to the following
relations: = , = , (2)

where a is the initial width of the sample, e is the
initial thickness of the sample minus the U-notch, l
is the span length between the supports, p is the
force applied on the sample and d is the midspan
displacement of the sample.

In order to calculate fracture toughness, linear elastic
fracture mechanics (LEFM) was used to estimate the
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fracture toughness of the composites according to
the ASTM Test Method E 399. The property KIc

determined by this test method characterizes the
resistance of a material to fracture in a neutral
environment in the presence of a sharp crack under
severe tensile constraint. A KIc value is believed to
represent a lower limiting value of fracture
toughness, and it is described by the following
expression: = ( ) (4)

= 3 . [ . . .( ) / (5)

In which, KIc is the plane-strain fracture toughness,
PQ is the force at a 5 % secant offset from the initial
slope (corresponding to about 2.0 % apparent crack
extension) and is established by a specified deviation
from the linear portion of the record, S is the span, B
is the specimen thickness, W is the specimen width
and a is the crack length.

The achievement of the plane strain condition and,
by extension, the reliability of the testing method
was evaluated according to:, > 2.5( ) (6)

1 ≤ ≤ 4, = 2 (7)

Where σYS is the 0.2 % offset yield strength of the
material.

2.5 Microstructure and fracture characterization

Microstructures of the different specimens were
studied by both Optical (OM, Leica DMR) and
Scanning Electron Microscopy (SEM, Hitachi S-
3400N), also with X-Ray Energy Dispersion
Spectroscopy (EDS, XFlash 2010 Bruker). After the
tests, the fracture path formed during bending was
characterized by SEM.

3. Results and discussion

3.1 Starting material microstructures

Figure 1 shows the original silicon carbide starting
powder. The as-received particles present many
sharp fractured surfaces (Fig. 1a) whereas the
roughness of the coated SiCp seems to be reduced
due to the formation of a homogeneous SiO2 layer
surrounding the SiCp (Fig. 1b).

The composition of the matrix alloys A356 and
A380 used in this work are shown in Table 1. The
typical dendritic microstructures of A380/SiCp
composites fabricated at 700 °C and one hour of
stirring time are presented in Figure 2. The A380
alloy (Fig. 2a) consists of α-Al matrix, eutectic
silicon and intermetallic phases. Eutectic Si exhibits
platelet morphologies which appear as needles in
section. Several intermetallic compounds are present
in the A380 alloy, Al2Cu, β-Al5FeSi needles along
with polyhedral Al(Fe,Mn,Cr)Si and typical
dendritic Chinese script α phase. Figure 2b shows
the as-cast microstructure of the A380/10%
uncoated SiCp, where the main phases are large
primary α-Al dendrites (light gray), eutectic silicon
(dark gray) between dendrite arms, geometrically-
shaped silicon carbide particles (darker gray) and
intermetallic compounds (lighter gray) as β-Al5FeSi
needles and polyhedral Al(Fe,Mn,Cr)Si. The
reinforcement shows a uniform distribution although
some segregation of SiCp particles into the eutectic
liquid during solidification is observed. Small SiC
particles were also present, which seem to be formed
by the fracture of bigger ones during processing. In
general, there is good wetting between the SiCp and
the metal matrix. Usual casting defects appear in the
as-cast composites such as micro-segregations and
porosity. Composites porosity appeared as a result of
shrinkage during solidification, and it was also
observed in the inner part of SiCp clusters where
SiCp wettability was poor. In the composites
fabricated with sol-gel coated SiCp (Fig. 2c),
wettability was improved and a more homogeneous
particle distribution was observed. This resulting
reinforcement distribution is expected to provide
better mechanical properties. The formation of Al4C3

from SiC particles was not observed in A380/SiCp
composites fabricated at 700 °C and one hour.
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Similar microstructures were obtained in the as-cast
A356/SiCp composites using the same process but
using longer interaction times and higher processing
temperatures (Fig. 3). Figure 3a shows the
microstructure of the A356/SiCp with 10 % of
uncoated SiCp fabricated at 700 °C and 21 hours of
stirring time. The same constituents were observed
although coarse polyhedral Al(Fe,Mn,Cr)Si
intermetallic compounds appeared as a result of the
reaction between the steel stirrer and the molten
aluminium during processing. An increased
interaction time did not seem to degrade the
reinforcement and no Al4C3 formation was observed.

In A356/SiCp composites fabricated at 750 °C
(Fig. 3b) little Al4C3 (the darkest phase) formation
took place, whereas in the A356/SiCp composites
fabricated at 850 °C (Fig. 3c) porosity was observed
in the samples. This porosity is caused by the
massive formation of Al4C3 that detaches during
sample preparation. The amount of Al4C3 formed
was higher as temperature increased. Finally, also
large polyhedral Fe-rich intermetallics were formed.

3.2 Hardness tests

Figure 4 shows the measured hardness of the tested
composites. The hardness of A380 was 90 HV and
increased by 25 % with the addition of as-received
SiCp and by 15 % with the addition of sol-gel coated
particles when processed at 700 °C and 1 hour.
Longer processing times applied to the composites
fabricated with the A356 alloy indicate that there
was not a clear tendency between hardness and
processing temperature.

Two mechanisms may have participated in the
hardness increase apart from the hardness increase
caused by the incorporation of the SiCp, which
hardens the composite by the presence of a second
phase much harder than the matrix alloy and an
increase in dislocation density because the mismatch
between the matrix and the reinforcement [16].

On the one hand, several authors have indicated that
the interfacial reaction between reinforcement and
aluminium matrix may form Si and Al4C3 in the
alloy, which are hard. On the other hand, composites
fabricated at the highest temperature showed the

formation of Fe-rich intermetallic precipitates. The
former mechanism may increase hardness, but it
causes the degradation of the composites by the
modification of the reinforcement, the formation of
brittle phases, and by the formation of carbide that
degrades in the presence of humid environments.

3.3 Microbending tests

The microbending tests provide more reliable
mechanical properties of the material. Flexural
stress – strain curves for the tested composites are
collected in Figure 5. From the bending curves,
bending yield and maximum stresses have been
calculates and the results are represented in Figure 6.

The shape of the curves is similar for all the tested
specimens, but for the composite fabricated with the
highest processing temperatures and the longest
times, which showed very poor bending resistance.

The bending yield stress of the as-cast A380 alloy
was 175 MPa and increased by 6 % with the
addition of SiCp and by 50 % with sol-gel coated
SiCp, processed at 700 °C and 1 hour. The samples
treated for 21 hours showed a very different
behaviour as the resistance clearly reduced when
increasing the processing temperature. Reduction in
resistance of 60 % and 80 % were observed in the
samples processed at 750 ºC and 850 ºC,
respectively.

The measured values for the fracture toughness for
the Al/SiC composites are presented in Figure 7. The
fracture toughness of the as-cast A380 was 4.3 MPa
m1/2 and increased by 7 % with the addition of SiCp
and by 50 % with sol-gel coated SiCp, processed at
700 °C and 1 hour. The fracture toughness of the
A356/SiCp composites fabricated at longer times
and temperatures exhibit a decreasing trend with the
processing temperature. Reductions of 60 % and
80 % were observed at composites fabricated at 750
ºC and 850 ºC, respectively.

In general, the reasons for the improvement in the
flexural behaviour of the composites regarding the
unreinforced alloy are mainly the same than for
hardening, particularly in the short time processed
composites.
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On the other hand, composites fabricated at
temperatures of 750 ºC and above, and for the
longest holding times showed very small bending
fracture resistance. This behaviour can be explained
by the formation of Al4C3 which has well known
detrimental effects on mechanical properties because
of its brittle and hygroscopic nature.

The fracture toughness (which is a measure of the
composites resistance to crack propagation) of the
unreinforced alloy is expected by some authors to
drop by the SiCp addition due to the increased sites
for crack nucleation (particles, particle/matrix
interfaces, and particle clusters) [17]. However,
other authors propose that it is possible to achieve
good  fracture properties in MMCs with a uniform
distribution of SiCp and fine particulate sizes [18].
In the present, study A380 toughness slightly
increased by the SiCp addition and a strong
improvement was reached by coating the SiCp when
processing is carried out at low temperatures and
times, which may suggest that a good wetting,
distribution of the reinforcement in the composites
and strong bond especially in the coated ones was
achieved. Whereas in the long time and temperature
composites, the reason for the decrease in fracture
toughness with the temperature seem to be the same
proposed for the reduction in hardness.

Thus, such results indicate that strongest interfacial
bonds are formed between the reinforcement and the
matrix with the selected processing method when the
processing temperature is kept at 700 °C and the
stirring time is one hour. Therefore, casting at
700 °C and mixing for one hour seems to be the
optimal parameters to fabricate Al/SiC composites
with good mechanical properties. Also, it is possible
to determine that coating the particles with a SiO2

layer gives rise to the formation of improved
interfaces which allows a great enhancement in
mechanical properties of the composites, regarding
the uncoated reinforced composites.

3.4 Fracture surfaces

Figure 8 shows a typical notched sample before and
after the bending test. The crack started at the tip of
the notch. To locate with more precision the

initiation of the cracks, images with higher
magnification were also taken.

Figure 9 resumes the initial stages of the crack
formation in the A380 alloy (Fig. 9a) and
composites (Fig. 9b and 9c). In these systems it can
be seen that cracks initiated in small defects present
within the notch tip surroundings, such as casting
defects or reinforcement clusters. These zones
should have caused as stress concentrators and
initiated the formation of the crack in the material.

The fracture of the as-cast A380 alloy (Figure 10) it
was found that cracks initiated at the precipitates
present in the alloy, which cracked before the Al-
matrix. Fracture occurs by a combination of brittle
fracture of the large Fe-rich intermetallics with a
ductile mechanism of matrix rupture. The inner part
of the fracture (Fig. 10 a) demonstrates the matrix
voiding resulting in pronounced dimpling of the
fracture surface as a result of the ductile matrix
breakage. Fig. 10 b shows the cracks in a β-Al5FeSi
needle and the microcracks which emerge from them
to the aluminium matrix; whereas in the Fig. 10 c, a
fractured polyhedral Al(Fe,Mn,Cr)Si is remarked.
Finally, Fig. 10 d shows the edge of the main crack
and beneath small cracks appear from the main one.

SEM images of the crack propagation during the
bending test of the composite A380/SiCp with 10 %
of uncoated SiCp (Fig. 11) after initiation at the
defects present in the notch (Fig. 11 a), revealed the
coalescence of fine cracks to form a mayor crack
that emerged and propagated through the aluminium
matrix in a ductile way (Fig. 11 b and c). Then, the
crack progressed by the interface between particles
and the matrix, causing its decohesion (Fig. 11 d).
This was the dominating mechanism, although some
large particles fractured, probably because of pre-
existing defects in them. The crack path and fracture
characteristics were driven by properties of the
matrix in a ductile way, although crack propagation
through the eutectic Si and Fe-rich intermetallics at
interdendritic spaces was also observed. In this case,
crack propagates faster than when progressing
though the α-Al phase.

SEM images of the crack propagation during
bending test of the A380/SiCp with a 10 % of sol-
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gel coated SiCp (Fig. 12) showed similar
mechanisms for the initiation (Fig. 12 a) and
propagation of the crack (Fig. 12 b) in the Al matrix,
but the behaviour in the surroundings of the SiCp
was different. In this case, cracks propagated around
the SiCp in a more cohesive way. Figures 11c and d
show that the detached particles were surrounded by
material from the matrix (arrowed zones). This
indicates that the presence of the sol-gel coating
favoured the bonding between the particles and the
aluminium matrix.

The beginning of cracks in the A356/SiCp
composites processed using high temperatures and
holding times (Fig. 13) was similar to that of the
previously observed composites, although the
presence of a big amount of Fe-rich intermetallics
seems to be the main reason for crack initiation.
Also defects in notch machining (Fig. 13 a), casting
defects as SiCp clusters (Fig. 13 c) and porosity
which appear at the notch tip favour the crack
initiation and propagation through them.

The images of the progression of the cracks in the
composite (Fig. 14) revealed that a fast growing of
the main crack after initiation took place by the
fracture of the brittle intermetallic compounds (Fig.
14 b), the decohesion of SiCp (Fig. 14 a) and the
ductile fracture of the alloy between intermetallics.
The presence of brittle phases increased as
processing temperature also did. The presence of
Al4C3 which precipitates at the particle/matrix
interfaces has a weakening interface effect which
favours the particle decohesion during bending.

To corroborate the evidence of Al4C3 formation, the
figure 15 shows a EDS mapping of the
microstructure of the A356/SiCp composite
fabricated at 850 ºC for 21 hours and where it is
possible to see the oxygen distribution which
indicates the presence of the aluminium hydroxide
formed during the hydration of the Al4C3, according
to the following reaction:

Al4C3 + 18H2O → 4Al(OH)3 + 3CO2 + 12H2 (8)

4. Conclusions

Al/SiCp composites were successfully fabricated by
the stir casting method. Good incorporation and
distribution of the reinforcement is achieved. Mixing
times of one hour along with temperatures of 700 ºC
are the optimal parameters for Al/SiCp composites
fabrication since the best mechanical properties are
achieved. The highest hardening effect is managed
when the reinforcement is uncoated, whereas coating
the SiCp with a SiO2 layer allows the best bending
response of the composite as a result of the
strengthening bonding effect.
The main fracture mechanisms observed during
fracture of Al/SiCp composites are the ductile
fracture of the aluminium matrix, fracture of the
brittle phases, decohesion of the SiCp and particle
fracture.
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Figure 1. a) As-received SiCp and b) sol-gel coated SiCp.

Table 1. Composition of used alloys.

Material
Elements (wt.%)

Si Fe Cu Mn Mg Zn Al
A356 9.295 0.117 0.003 0.001 0.310 0.003 Rest
A380 9.351 0.625 2.248 0.126 0.176 0.908 Rest
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Figure 2. Optical micrographs of the: a) A380 alloy, b)
A380/SiCp composites with as-received SiCp and c)

A380/SiCp with sol-gel coated particles. All them
fabricated at 700 °C and 1 hour of stirring time.

Figure 3. Optical micrographs of the A356/SiCp
composites fabricated with uncoated SiCp and 21 hours of

stirring time at: a) 700 °C, b) 750 °C and c) 850 °C.
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Figure 6. Bending yield stress of tested composites.
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Figure 7. Fracture toughness of tested composites.

Figure 8. Notched samples of A380/10% coated SiCp
ºbefore and after bending tests.
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Figure 9. SEM micrographs before and after bending tests
of the A380/SiCp composites: a) without reinforcement,
b) with uncoated SiCp, and c) with sol-gel coated SiCp.

All them fabricated at 700 °C and 1 hour of stirring time.

Figure 10. SEM images of the crack propagation during
bending test of the A380/unreinforced sample.

Figure 11. SEM images of the crack propagation during
bending test of the A380/10% uncoated SiCp composite.

Figure 12. SEM images of the crack propagation during
bending test of the A380/10% coated SiCp composite.
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Figure 13. SEM micrographs before and after bending
tests of the A356/SiCp composites fabricated with

uncoated SiCp and 21 hours of stirring time at a) 700 °C,
b) 750 °C and c) 850 °C.

Figure 14. SEM images of tested A356/SiCp composites
fabricated at 21 hours and a) 700 °C, b) 750 °C and c)

850 °C.

Figure 15. EDS mapping of the A356/SiCp composite
fabricated at 21 hours 850 °C.
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1 Introduction 

With the increasing use of composite materials in 

the aerospace industry, composite parts suppliers 

show a growing interest about process simulation. 

Among the industrial processes used in the 

production phase, resin infusion appears more and 

more as an economical alternative for manufacturing 

large parts with an important fiber fraction (wind 

turbine blade, aircraft wing…). However, the lack of 

control on the final properties of the part, implying 

long and expensive process tuning, significantly 

reduces the above-mentioned advantages. So, a full 

model coupling fluid/solid/porous mechanics is 

proposed to simulate the liquid resin infusion (LRI) 

process, in order to anticipate the potential problems 

numerically.  

 

2 Liquid Resin Infusion descriptions 

Liquid Resin Infusion (LRI) consists in creating a 

liquid film of resin on the top of a dry preform 

stacking thanks to a very permeable material, the 

distribution medium. Then, the pressure differential 

between the vent (0 bar) and the injection line 

(atmospheric pressure) induces the infusion of the 

resin across the thickness direction (Fig. 1. (a)). 

Finally, a pressure and temperature cycle is applied 

to the system to bring the resin into a solid state. The 

flexibility of the vacuum bag does not allow 

maintaining a constant thickness during the whole 

process, while its good control is mandatory to 

ensure geometrical and mechanical properties of the 

final part. 

The geometry evolution implies change in 

permeability and may results in post-infusion flows 

due to the non-zero final pressure gradient inside the 

piece. Those phenomena need to be integrated into 

simulation tools in order to anticipate properly the 

final fiber volume fraction, the final thickness and 

the infusion time. 

 

3 Modeling and numerical aspects 

Referring to the description of the process, one can 

note the presence of two different media, the 

distribution medium and the reinforcements, 

partially impregnated by a fluid, the resin. Thus, P. 

Celle proposed to divide the domain into three zones 

[1] (figure 1 (b)) whose boundaries will evolve over 

time: 

- Stokes zone: fast flow zone constituted of 

the distribution medium and the resin, 

- Darcy zone: incompressible flow of the resin 

in the preforms submitted to finite 

deformations, 

- Dry preforms zone: zone constituted of non-

impregnated preforms submitted to finite 

strains. 

In addition, four time periods corresponding to 

change in boundary conditions or physical 

problem can be identified: 

- Pre-filling: initial compaction of the 

preforms due to the vacuuming of the 

system, 

- Filling, 

- Post-filling: re-compaction or “rest period” 

ending by the mechanical equilibrium 

mandatory to the dimensional quality of the 

final part, 

- Curing (not studied here). 
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Based on this division, we now strive to present the 

physical models and numerical methods 

implemented to simulate this process. 

 

3.1 Initial compression 

Initially, there is no resin in the system, only the dry 

fabrics are considered. When the vacuum is pulled 

out, the preform is subject to atmospheric pressure 

(1 bar) and deforms. The stresses and strains thus 

induced are the source of permeability variations to 

consider during the filling phase. Neglecting the 

effects of inertia, we can write the momentum 

conservation as follows: 

      ̿( ⃗ )      (1) 

where  ̿  is the Cauchy stress tensor,  ⃗  is the 

displacement and     the volumes forces. In 

addition, the porous medium is represented by an 

equivalent orthotropic homogeneous medium 

composed of rigid fibers, so that each macroscopic 

strain is reflected by fiber rearrangements at the 

microscopic scale. Therefore we can directly 

compute porosity from solid mechanics strains, with 

no need to use semi-empirical laws expressing 

porosity as a function of interstitial pressure, as 

currently proposed in the literature [3-4]. Thus, 

porosity is updated according to the following 

equation: 

 
 (       )(   (       ))

  (    )(   (    )) (2) 

where   is the Jacobian of the transformation and   

is the porosity of the equivalent homogeneous 

medium. 

3.2 Filling simulation 

3.2.1 The resin flow: Stokes-Darcy coupling 

As described above, the resin flows in the 

distribution medium and then in the preforms under 

the action of the vacuum. In the so called Stokes 

domain, the high permeability of the distribution 

medium, relatively to the preform permeability, 

allows us to consider, as a first approximation, an 

incompressible flow governed by Stokes equations 

(3),  

 |
   (  ̿(  ))   ⃗⃗    

       
 (3) 

with   is the resin viscosity,    the resin velocity,   

the resin pressure and  ̿(  )  
 

 
( ̿    ̿   ) the 

Eulerian strain rate tensor associated with the 

velocity field. While in Darcy zone, we consider an 

incompressible Newtonian fluid flowing through a 

low permeability (down to         ) porous 

medium governed by the Darcy law (4),  

 |
    

 

 
 ̿  ⃗⃗  

        
 (4) 

with    the Darcy velocity or the relative average 

resin velocity with respect to the fabrics,  ̿ the 

permeability tensor and   the intersticial pressure. 

The two domains are separated by an interface 

through which the conservation of mass and the 

continuity of the normal stress must be respected. 

Furthermore, we choose to control the tangent 

velocity on the interface using the Beavers-Joseph-

Saffman condition [2]. Darcy's law involving 

      the continuity of the normal stress is 

equivalent to a Dirichlet condition on hydrostatic 

pressure when using the primal mixed velocity-

pressure formulation, leading to the following 

system of conditions:  

 |

 ⃗    ⃗    ⃗    ⃗ 

   ⃗   ̿(  )      
  

√   
 ⃗      

     

 (5) 

where  ⃗    ⃗     ⃗   is the outward normal vector 

to Stokes/Darcy interface and    are the unit tangent 

vectors to the interface. In practice, normal velocity 

taken form Darcy domain is prescribed by a penalty 

method into the Stokes equations, and hydrostatic 

pressure taken from Stokes domain is imposed into 

Darcy equations. The Stokes-Darcy coupling 

algorithm is summarized on figure 2. 

From a numerical point of view, even if Darcy 

equation form allow to solve separately for pressure 

and velocity fields, in order to be consistent with the 

Stokes problem due to the coupling, we chose to 

solve a mixed velocity/pressure formulation with the 

finite element method stabilized by the mini element 
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P1+/P1 [3]. The mini element P1+/P1 stand on the 

enrichment of the velocity field approximation by 

the introduction of an extra node in the center of the 

element (figure 2). Since the velocity field degree of 

interpolation is higher than the pressure one, the 

Brezzi-Babuska condition is fulfilled avoiding 

pressure parasite modes [3]. 

 

3.2.2 Fluid-solid coupling: principle of Terzaghi 

The fluid/structure coupling is treated in a quasi-

static approach, by a strong iterative coupling. 

Indeed, the Stokes/Darcy coupled fluid problem is 

solved on a fixed grid (i.e. for rigid preforms). The 

influence of the resin on the fibers is taken into 

account through the hydrostatic pressure through 

Terzaghi’s law (6),  

 ̿       ( ̿)   ̿   ( ̿)    ̿ (6) 

with  ̿       ( ̿) the overall stress applied to the 

system,  ̿   ( ̿)
 
the effective stress in the preforms 

and  ̿ the unit tensor. The non-linear finite strain 

problem is then solved for a given pressure field 

(and therefore for an equivalent Terzaghi’s 

behavior), the influence of deformations being taken 

into account through porosity variations which 

affects the permeability of the medium. The 

permeability can be computed with any porosity 

dependent measurement or model. Here, for the 

example, the Carman-Kozeny's law (7) can be 

considered: 

  ̿  
  

 

    ̿̿ ̿̿

  

(   ) 
  (7) 

with    the average fiber diameter,   ̿̿ ̿  Kozeny 

constants and  the porosity. Finally, the 

convergence is checked by a calculation of relative 

error on the fields of pressure, speed and 

deformation between two iterations. The fluid-solid 

coupling algorithm is presented on figure 3. 

3.3 Flow front tracking 

There are several methods for tracking the flow front, 

such that the level-set method and the FE-CV 

method. As part of this work, we did not study these 

methods but have used the filling algorithm already 

present in PAM-RTM
TM

. This algorithm is based on 

a division of the transient phenomenon in a series of 

quasi-static states. Elements newly filled between 

two time steps are determined from the flow rate 

calculated at the last known time step. A filling 

factor varying from 0 to 1 is associated with each 

element. In the case of flow in deformable porous 

medium, porosity changes over time. Because the 

time increment is determined before the calculation, 

it is necessary to correct it so that the total amount of 

resin present inside the system corresponds to the 

volume of saturated pore. The following correction 

is proposed: 

          
     

  
 (8) 

where    is the corrected time increment,        is 

the time increment given by the filling algorithm,    
is the volume of resin that would have been injected 

in the system during the time step with no 

deformation and       is the actual injected volume 

of resin during the time step. 

 

3.4 “Post-filling” flows 

At the end of the filling, the system is not balanced; 

the pressure gradient between vent and injection 

induces flows which are called “post-filling” flows. 

These flows, little studied in the literature, have a 

great influence on the final properties of the infused 

part. Indeed, the final pressure gradient, combined 

with the flexibility of the vacuum bag, involves 

inhomogeneous thickness [4] and resin distribution. 

Therefore, the resin will migrate slowly from the 

areas with small fiber fraction to the one with small 

resin fraction until mechanical balance. 

The simulation of this phase is driven by the same 

physical problems that the filling phase and is based 

on the same kind of coupling. However, successive 

quasi-static states are more difficult to determine, 

because the part is completely filled and therefore 

there is no more a resin front to transport. Thus, we 

propose to determine the new resin volume fraction 

( ) from a mass balance on each finite element, as 

follows: 

  e

iit

e

it

e

t

e

iit

e

i

e

ttt nvStVnvStV

   =

 
(6) 

where 
e

tV  is the volume of the element at time  , 
e

iit

e

i nvS

  is the flow rate passing through the ith 
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face of the element at time  . Knowing the new resin 

distribution in the medium, we can deduced the 

jacobian ( ) of the transformation at time tt   

from equation (2). The volume variation of the 

element being a consequence of the variation of 

resin volume contained by the element, we assume 

that the associated deformation is a consequence of 

the intersticial pressure variation. Therefore, the 

deformation increment is considered hydrostatic. 

This hypothesis allows us to compute an equivalent 

deformation increment ( ii ) from equation (9) 

that’s permits to deduce the pressure increment 

associated with the resin migration inside the part.  

   ttiiii J  =1   (9) 

where ii is a current deformation (known). Finally, 

applying Darcy’s law (4), the new resin velocity can 

be computed. This procedure is repeated untill resin 

stops to migrate inside the part (    ⃗ ). 
 

4 Experimental validation and industrial 

application 

4.1 Experimental validation: infusion of a plate 

This innovative model has been validated through a 

comparison to an infusion experiment made by P. 

Wang [4]. The test involved a 335x335mm² plate 

made of 24 plies [906, 06]S of quasi-unidirectional 

fabrics (G1157, Hexcel Reinforcements) for a total 

thickness before compression of 9.8 mm and 40% of 

fiber content. The permeability is considered as 

isotropic and and driven by Carman-Kozeny’s law 

as follows: 

               
(    )

 

  
  (10) 

with    the fiber content. The resin is the RTM6 also 

provided by Hexcel Reinforcement. The experiment 

was monitored through a fringe pattern projection 

method coupled with three in-situ thermocouples 

located between ply number 21 and 22. The fringe 

pattern projection method permits to follow the 

change in the thickness during the whole infusion 

process. Table 1 and figure 3 shows the results that 

are in very good agreement with experiment. 

Figure 4 permits to compare the evolution of the 

thickness simulated with the one observed during the 

experiment. This comparison validates the model 

used to simulate the evolution of the thickness over 

time. In fact, the curve corresponding to the 

simulation lies in the tendency of the experimental 

curves. However, the three stages (impregnation 

without swelling, sudden swelling and moderated 

swelling) observed experimentally are not clearly 

identifiable on the simulation. This can be explained 

by several reasons. Firstly, we can notice that the 

simulated thickness variation evolves by steps, that 

seems unrealistic. These numerical artifacts could 

come from the filling algorithm that advance 

element-by-element. On the other hand, the 

conditions of the experimental infusion did not 

correspond to standard conditions used for the 

simulation. Indeed, to use the fringe pattern 

projection, the oven was opened during the 

experiment resulting in a not constant and not 

controlled temperature. This had an influence on the 

viscosity of the resin, which has directly impacted its 

flow and therefore has probably influence the mode 

of impregnation of the preform. 

Even if work remains to achieve optimal 

experimental validation (monitoring thickness and 

flow front while controlling infusion parameters), 

these results demonstrate the interest and the 

relevance of the approach presented in this work. 

4.2 Industrial application: Panel reinforced by a 

stiffening «T» 

To demonstrate the capability of the code developed 

in this work, to deal with industrial cases, we 

propose to simulate the full infusion of a plate 

reinforced by a “T” stringer, which geometry has 

been proposed by Daher-Socata within the european 

INFUCOMP project. This part consists of a plate 

380x280x3 mm
3
 stiffened by a «T», itself made up 

of two “L” preforms 3 mm thick, as described in 

figure 5.  

Conditions of infusion are presented in figure 6. A 

distribution medium is placed under the part in 

contact with the mold and a second one is positioned 

above the “T”. Resin injection is located in the 

center of the plate under the mold while the vent is 

located in the center of the second distribution 

medium above the "T".  
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The preforms used are made of carbon fabrics 

provided by Hexcel Reinforcements (reference 

48302 made of T700 12 k carbon fibers). The 

orthotropic permeability of the reinforcement 

measured by Hexcel is: 

 
          

              

           
                          

(10) 

with    the fiber volume fraction. The resin used for 

the infusion is RTM6. Due to the symmetry of the 

problem, we simulate only one quarter of the 

geometry as described in figure 7 (a). The mesh used 

is composed of 8,100 triangles and 1,884 nodes. The 

distribution medium at the bottom of the preform is 

represented by a pure resin flow (Stokes area) and is 

1 mm thick. It is considered non-deformable. The 

preform is considered as an equivalent porous 

homogeneous medium (Darcy area), whose 

constitutive law has not been studied. Here, for the 

example we will assume that it obeys to the same 

behavior as the one measured by P. Wang [4]. 

However, we are aware that the behavior of a stack 

of quasi-unidirectional fabrics not preformed is 

much more flexible than a classic industrial preform 

held in shape by an epoxy powder. Injection is 

represented by a boundary condition in pressure of 1 

bar and the vent by a pressure boundary condition of 

0 bar. Finally, the other boundary conditions are 

impervious wall (     ⃗   ). The boundary 

conditions are summarized in figures 7 (b) and 7 (c).  

 

Figures 8 and 9 show the filling ratio at times t = 1 s, 

t = 69 s, t = 273 s and t = 550 s. The results reflect a 

quick filling of the distribution medium (1 s), then a 

transverse infusion of the plate. When the resin starts 

to infuse the plate, beginning of the swelling can be 

identified (see figure 10). After about one minute, 

the plate is completely filled, the pressure is 

balanced in its extremities and the preform swells 

back to its initial thickness (see figure 9 at t = 69 s). 

Then, the resin begins to migrate in the base of the T, 

first in the transverse direction, and then, when it 

reaches the curvature, in the plan of the plies (see 

figure 8 at t = 273 s). Finally, resin finishes 

impregnating the upper part of the “T” and the 

filling ends after 549 seconds. One can notice a bad 

impregnation at the base of the “T” (see figure 8 at t 

= 549 s). This result has been observed on certain 

infusions made during the project INFUCOMP. 

Figure 10 shows the variation of the thickness 

during the infusion. It may be noted that the areas of 

the part that have been impregnated in the in-plane 

direction (curvature and upper part of the T) presents 

a linear swelling along time, while the plate and the 

base of the T, which have been impregnated 

transversely, have three distinct phases. Indeed, one 

can observe a first phase of filling with a small 

swelling. Then when resin reaches the vacuum bag, 

a sharp increase of thickness occurs. Finally, it 

continues to swell linearly during the end of the 

infusion. 

5 Conclusion 

We have presented an innovative model for the 

simulation of composite parts processing by resin 

infusion. The originality of the proposed method is 

that it remains robust and accurate even for real 

severe physical parameters such as low permeability 

values, thin pure fluid layer, large deformations and 

complex geometries which are often discarded in 

recent publications but more relevant with respect to 

industrial applications. To do that, we coupled 

Stokes and Darcy equation with finite strain solid 

mechanics. The specific coupling conditions 

allowing taking into account actual physical 

parameters have been presented and validated on an 

experimental test cases. Finally, an application on a 

complex case in three dimensions demonstrated the 

ability of this approach to deal with industrial 

infusion cases. 

However, to fully meet the industrial needs, 

improvements must be developed. Thus, Thermo-

chemical coupling must be introduced to simulate 

non isothermal processes. Mechanisms governing 

the formation and the transport of micro porosities 

should be studied, in order, to take it into account in 

our simulations. 
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 Simulation Experiment Difference % 

Thickness 

after 

compression 

(mm) 

6,2 6 0,5 3,3% 

Swelling 

(μm) 
645 656 1,7% 

Fiber fraction 56% 56% - 

Resin mass 

(g) 
369 350 5,4% 

Infusion time 

(s) 
507 500 1,4% 

Table 1. Comparison between simulation and experimental results 

 

 
Fig. 1. (a) Principle of the liquid resin infusion process (LRI). (b) proposed model [1] 

 

Fig. 2. Stokes/Darcy coupling algorightm 
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Fig. 3. Fluid-Solid coupling algorithm 

 

 
 

Fig.4.Simulated thickness variation against experiment in the case of the 

experiment of P. Wang [4]  (
  

  
  (

 

      
)) 
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Fig. 5. Geometry of the “T” stiffener (Daher-Socata) 

 

 

Fig. 6. Description of the conditions of infusion of self-stiffened Panel 

 

 

 

Fig.7. Infusion of “T” stiffener: (a) geometry of the problem with in blue the mesh used (quarter of the problem), 

(b) fluid boundary conditions, (c) solid boundary conditions 

ICCM19 1326



 

Fig.8. Filling ratio obtained in the case of the infusion of self-stiffened panel 

 

 

Fig.9. Filling ratio viewed from the side with the initial geometry drawn in black in the case of the infusion of 

self-stiffened panel 
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Fig. 10. Variation of the thickness during the infusion of the "T" stiffener. 
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1 Introduction 
Residual stresses and deformations are important 
concerns in composite manufacturing for the 
aerospace industry. They can lead to a reduction of 
structure performance, such as strength and fatigue 
life, and can initiate cracks in the matrix. The 
assembly of angled composite structures with 
deformations can be problematic or impossible, 
leading to part rejections.  
 
The sources of residual stresses and their effects on 
composite structures have been widely investigated 
for over three decades and overall, four main 
mechanisms have been identified [1-2]: thermal 
strains [3-5], resin shrinkage [5-9], tool-part 
interaction [10-12] and temperature/degree-of-
cure/fibre volume fraction gradients [13-14]. These 
mechanisms can lead to dimensional changes such 
as spring-in, warpage and/or thickness variations. 
Secondary effects, such as cure cycle and cooling 
rate were also investigated in the literature [10-
11,15-16]. A two-hold cycle with gelation occurring 
at the end of the first hold produced more spring-in 
than a one-hold cycle. However, the effect of 
cooling rate was negligible on the part deformations.    
 
Typically, for thin symmetric/balanced laminates, 
the most important source of part deformation is 
often caused by the thermal strains and difference of 
coefficients of thermal expansion (CTE) between the 
composite and the tool/mandrel. This leads to tool 
growth and spring-in.  
 
Sources of part deformations act simultaneously 
during processing. They are complex and time-
consuming to investigate experimentally. It is 
therefore recommended to combine focused 
experimental testing and modelling software to 

increase confidence and reduce uncertainty. This 
approach will help to: a) identify the key 
mechanisms in part dimensional changes, b) propose 
a tool compensation scheme to avoid unwanted part 
deformations, and c) reduce manufacturing time and 
costs of complex composite parts.  
 
At Bombardier Aerospace, numerical simulation 
such as process induced deformation study is 
implemented to validate both tool design and 
manufacturing process parameters prior to actual 
fabrication of parts, resulting in significant cost 
savings by minimizing experimental trials and errors. 
In this work, the deformations of a C-frame 
structural component manufactured by resin transfer 
moulding (RTM) was investigated. Four parts were 
moulded according to two different cure cycles and 
simulations were performed to predict process-
induced dimensional changes based on material 
property models. Predicted and experimental results 
were compared using a coordinate measuring 
machine (CMM) for spring-in and twist 
measurements.  
 

2 Procedures 

2.1 Materials  
The resin used for this work was a commercially 
available RTM resin system, CYCOM 890 from 
Cytec, and fibres used were carbon fibre based 5HS 
and Non Crimp Fabric (NCF).  

2.2 Manufacturing Process 
RTM process was used to fabricate the C-shape 
frames. A three piece RTM mould was utilized with 
an internal mandrel, as shown on Fig. 1. This 
matched RTM tooling creates two finished surfaces, 
which provides an improved dimensional accuracy. 
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2  

By means of compaction generated by the mandrel 
expansion during cure, it was feasible to achieve 
high fibre volume fraction.  
 
The dry fabric with plasticizer was laid up as per the 
following laminate configuration: [5HS(±45), 
NCF(0,90)]S. The materials were then heated under 
vacuum. When cooled and debagged, the preform 
stack up was then positioned in the mandrel. The 
mandrel was placed into the tool cavity after which 
the tool was closed. A vacuum was maintained 
within the moulds cavity and pressurized resin was 
allowed to flow into the cavity. Injected resin has 
low viscosity at the injection temperature which 
allows for faster flow rates and easier wetting of the 
reinforcing material. The tool was heated and the 
part was allowed to cure while the resin remains 
pressurized. Once the cure time has elapsed, cooling 
cycle and demoulding operation starts at the same 
time. When demoulded from the tool, the cured part 
stays with the mandrel and cooled under ambient 
conditions. The part was then removed from the 
mandrel and trimmed. The final thickness of the 
part, based on the mould cavity, is estimated to be 
1.778 mm (0.070”). 
 
As part of the objectives of this work, the effects of 
processing parameters on the part deformation were 
studied. The injection temperature was varied to 
understand the effect on final part deformation. The 
heat up rates were kept the same for both situations. 
The variable cure parameters are listed in Table 1.  
 

2.3 Simulations 
Residual stresses simulations were performed with 
Abaqus 6.11 and COMPRO Common Component 
Architecture (CCA) to predict part deformations 
after demoulding. The C-frame layup, [5HS(±45), 
NCF(0,90)]S, was modelled with 8 layers of the 
same thickness as [+45,-45,0,90]S. Two models 
including the mould, mandrel and part were 
developed: a cross-sectional area with a thickness of 
5 mm (Fig. 2) and a full 3D model (Fig. 3). 
Assuming symmetry along the XZ plane allowed us 
to reduce the models to half-sections. The cross-
section model was used to quickly obtain 
preliminary results related to optimization of 
material properties and cooldown parameters. Table 

2 lists the cooldown rates and heat transfer 
coefficients (HTC), selected as per the 
manufacturer’s recommendation. The full 3D model 
was used to analyze twist, radius changes and 
spring-in variations of the C-angles along the length 
of the frame.   
 
For both models, symmetrical boundary conditions 
(BC) were applied on the XZ and YZ planes (see 
Fig. 2). Friction contact between mould-part and 
part-mandrel was simulated with a coefficient of 0.3 
and debonding was allowed to accommodate resin 
shrinkage. The mould’s elements were deactivated 
during cooldown and the mandrel’s elements and 
symmetrical BCs were deactivated during 
demoulding at room temperature. Material property 
models for 890RTM epoxy and carbon fibre were 
taken from Khoun [1] and implemented into 
COMPRO CCA.  
 
To further reduce computing time, a single 
simplified cure cycle was used for simulations. 
Residual stresses developed before gelation are 
released, whereas those generated after gelation are 
locked in and subsequently cause process-induced 
deformations. Based on the cure kinetics model of 
the 890RTM epoxy presented by Khoun et al. [2], it 
was estimated that gelation (at α = 0.7) occurred 
during the 3 hr-hold regardless of cure cycle (as 
presented in Table 1) and that consequently, the 
heating step could be eliminated from the 
simulations. The resulting cure cycle and main steps 
are summarized in Fig. 4. At the beginning of the 3 
hr-hold step, an initial degree of cure of 0.7 was 
assumed. The mould was removed at 180oC (355oF) 
before the cooldown step to allow for easier 
demoulding of the C-frame on the mandrel at room 
temperature. 
 
Particular attention was given to CTE 
characterization for the fibre/resin system used in 
this work. CTE was measured with a TA 
Instruments TMA Q400 thermo-mechanical 
analyzer. 4.3 mm-thick flat plates made of 16 plies 
of unidirectional NCF and 890RTM epoxy resin 
were manufactured and cut into 1 cm x 1 cm square 
samples. The samples were submitted to 3 heating 
cycles from 40oC to 250oC, at a rate of 3oC/min. 
Tests were performed on 2 to 3 specimens in 
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directions shown on Fig. 5 to obtain CTE values in-
plane (CTEL1 and CTEL2) and transversely (CTEt).  
 

3 Results and Discussion 

3.1 Thermal Expansion Characterization 
Fig. 6 shows typical TMA results in transverse 
direction of a unidirectional NCF/890RTM epoxy 
sample. The CTE was measured between 50oC and 
150oC for all samples and average values were 
calculated. The following results were obtained 
(standard deviation): CTEL1 =  6.61 x 10-8 /oC (3.49 
x 10-8), CTEL2 = 3.73 x 10-5 /oC (0.11 x 10-5) and 
CTEt = 4.24 x 10-5 /oC (0.00 x 10-5). For simulation 
purposes, it was assumed that CTEt was equal to 
CTEL2 and that those values were constant with 
temperature, given that the processing temperature 
was at most equal to the glass-transition 
temperature. A lumped CTE model for the 
unidirectional lamina was implemented into 
COMPRO CCA based on CTEL1 and CTEL2 values. 
 

3.2 Part Deformation Simulations 

3.2.1 Cross-Sectional Model 
Fig. 7 shows the C-frame before (left) and after 
demoulding (right) for a typical cross-sectional 
simulation. Deformations were evaluated in 2 ways: 
1) difference between d1 and d2, Δd; and 2) spring-in 
angle δ. Table 3 summarizes Δd and δ values for all 
cooldown parameters investigated. The spring-in 
angles varied between 0.91o and 0.89o as linear 
cooldown rate increased. The negligible effect of 
cooling parameters was previously observed in the 
literature as well [15-16]. HTC did not have any 
noticeable effect on the deformations either, but 
results remained similar to those obtained at 
different cooldown rates. In practice, part 
deformations also depend on the quality of 
manufacturing and consequently, variations of 0.02o 
in predicted values are insignificant. 
 
These values were compared to a simple analytical 
equation developed by Radford to calculate the 
spring-in of 2D angled parts [5,17]: 
 

     (1) 

 
where φ is the initial angle of the part and ΔT is the 
temperature difference during cooldown. For φ = 90o 
and ΔT = 160oC, δ is equal to 0.80o. This value is 
reasonably close to results presented in Table 3, 
considering it ignores resin shrinkage and mould-
part-mandrel interactions [1]. 
 

3.2.2 3D C-Frame Model 
Results presented in Section 3.2.1 for the cross-
section model showed that the cooldown rate had 
little effect on the part deformations. Therefore, for 
the 3D C-frame model, only one cooldown condition 
was investigated: 2-hour cooldown at a rate of 
1.9oC/min. 
 
Fig. 8 illustrates the deformed shape of the C-frame 
after demoulding for a scale deformation factor 
equal to 10. The legend shows the deformation 
magnitude, U, in meters. Spring-in was measured 
and calculated in the same way as presented for the 
cross-section model, but for 3 sections along the 
length of the C-frame (Fig. 8a). The twist was 
quantified as an angle, θ. To calculate it, two lines 
were drawn on the web of the frame between points 
1-2 and 1’-2’, as seen on Fig. 8b. Line 1-2 was 
translated to point 2’ to have the same origin as line 
1’-2’. Finally, line 1-2 was projected on the same 
plane as line 1’-2’ and θ was calculated as the angle 
between these two lines (Fig. 8b, bottom).  
 
Table 4 lists the deformation values for spring-in 
and twist. Δd varies between 0.86 mm and 1.14 mm, 
which approximately corresponds to angles δ from 
0.75o to 1.0o. These results are within the same range 
as presented in Section 3.2.1 for the cross-section, 
but they show that spring-in is smaller in the middle 
section than at the ends. Moreover, the deformation 
of the top flange in all three sections is slightly more 
significant than the bottom flange due to the change 
of curvature. The twist angle θ between both 
extremities of the frame is equal to +2.1o, calculated 
from line 1-2 to line 1’-2’.   
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3.3 Experimental Results 
Two C-frames were manufactured for each cure 
cycle (Study A and Study B as listed in Table 1). 
Fig. 9a shows two parts after demoulding and Fig. 
9b, after trimming. Visually, no major differences 
were identified between parts manufactured with 
both cure cycles.  
 
The frames were measured using a Mitutoya Crysta-
ApexC CMM. The Head was a Renishaw PHIOMQ 
SP25M, and to reach inside the C-frame a SM25-2 
4mm probe was used. The parts were measured at 
five different cross-sections and along the length of 
each flange on the outer surface. The data were 
exported into CATIA and combined to partially 
redraw the parts in 3 dimensions for comparison 
with the simulations. An example is illustrated on 
Fig. 10. These measurements allowed for the 
quantification of spring-in (Δd, δ) and twist (θ).  
 
In terms of experimental spring-in, studies A and B 
both led to similar results, with a maximum 
difference of 0.36% between the highest and lowest 
Δd values. It indicates excellent reproducibility of 
the processing method and the non-dependency of 
cure cycle on spring-in deformations within the 
sample size presented in this work. In terms of twist, 
a maximum difference of 53% in the angle θ was 
calculated between the four parts. However, no 
specific trend was observed between studies A and 
B, suggesting that twist is a type of deformation that 
is more difficult to control and does not depend on 
cure cycle. 
 
Table 5 lists the main deformation results, averaged 
over the four parts, for cross-sections 1, 3 and 5. 
Approximate corresponding values for the 3D 
simulation are reported as well for comparison. 
Experimentally, greater spring-in was observed at 
the extremities, as predicted through simulations.   
Angles δ1 and δ3 show very good agreement with 
predictions, but δ5 is larger by 0.28o for the 
manufactured parts. The C-frames generally exhibit 
greater spring-in on the top flange due to the 
curvature effect, but the difference with the bottom 
flange remains low (Δd < 0.04 mm). The twist angle, 
θ, is equal to 1.05o (± 0.22o), which falls within the 
predicted value of 1.20o.  
 

Generally, the deformations assessed on the 
manufactured C-frames are similar to what was 
predicted through Abaqus/COMPRO simulations. 
Small variations were however observed, especially 
for spring-in measured at cross-section 5. Several 
factors may have contributed to such discrepancies: 
improper definition of boundary conditions after 
demoulding, manufacturing defects, such as 
inconsistent thickness, resin-rich regions or fibre 
distortions. More components should be 
manufactured to obtain a larger sample size for 
simulation optimization. 
 

4 Conclusions and future work 
This paper presented an investigation of process-
induced deformations of aircraft structural 
components manufactured by RTM.   
 
The property models for epoxy 890 RTM, fibre and 
laminate unidirectional properties, as well as 
frictional contact conditions were implemented into 
Abaqus/COMPRO to predict process-induced 
deformations generated during the RTM process. 
Four C-frames were manufactured according to two 
different cure cycles. The analysis of spring-in and 
twist through CMM data confirmed that the cure 
cycle had no significant effect on the deformations.  
 
The experimental values for spring-in and twist 
showed very good agreement with simulations. In 
the future, in order to further improve the accuracy 
of the simulations, the temperature of the mould, 
mandrel and part should be monitored during the 
process to use a more accurate simulated cure cycle. 
Manufacturing defects can also play a large role in 
part distortions and contribute to larger deformations 
compared to simulations that assume the part to be 
perfect.  
 
Nevertheless, the use of such a modeling tool 
demonstrates potential for industrial purposes to 
significantly reduce the design time and 
manufacturing costs with the appropriate tool 
scheme compensation.  
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Table 1. Study of cure cycle parameters 

Study A 
Two step cycle 
- 120oC (250oF) Intermediate dwell 
- 180oC (355oF) final cure 

Study B 
One step cycle 
- No intermediate dwell 
- 180oC (355oF) final cure 

 
 

 
Fig. 1. Three-part mould for C-frame manufacturing.  

 
 

 
Fig. 2. Cross-section model used for part 
deformation simulations.  

 

 
Fig. 3. 3D model of the C-frame used for part 
deformation simulations. 

 

Table 2. Cooldown parameters investigated for part 
deformation simulations. 

Cooldown rate  
(oC/min) 

0.5 0.7 1.3 1.9 2.6 4.5 
Heat transfer coefficient  

(HTC, W/m2K) 
5 

(11-hour cooldown) 
50 

(2-hour cooldown) 
 
 

 
Fig. 4. Simplified cure cycle used for residual 
stresses simulations. 

 
 

 
Fig. 5. Directions in which CTE was measured by 
TMA on unidirectional CF/epoxy samples. 
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Fig. 6. Typical TMA curves for transversal direction 
on unidirectional NCF/890RTM epoxy sample. 

 

 
Fig. 7. Typical spring-in observed for C-frame cross-
section before (left) and after demoulding (right) for 
a 2-hour cooldown at 1.3oC/min. Scale deformation 
factor = 8. 

 

Table 3. C-frame’s spring-in values, Δd (mm) and 
δ (o), for different cooldown parameters obtained 
from 2D simulations. 

Cooldown rate 
(oC/min) 

0.5 0.7 1.3 1.9 2.6 4.5 
Δd=1.04mm 
δ=0.91o 

1.04 
0.91 

1.04 
0.90 

1.04 
0.90 

1.02 
0.89 

1.02 
0.89 

Heat transfer coefficient 
(HTC, W/m2K) 

5 
(11-hour cooldown) 

50 
(2-hour cooldown) 

Δd = 1.05 mm, δ = 0.91o Δd = 1.05 mm, δ = 0.91o 
 

 

 

 
 

 
Fig. 8. Part deformations observed after demoulding 
and how they were measured: a) spring-in, and b) 
twist. Scale deformation factor = 10. 

 

Table 4. C-frame measurements for spring-in and 
twist obtained from 3D simulation after demoulding. 

Spring-in, Δd (δ)  
mm (o) 

Δd1 Δd2 Δd3 
1.14 (0.99) 0.86 (0.75) 0.91 (0.79) 

Twist, θ   
(o) 

2.10 
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Fig. 9. C-frame components after a) demoulding and 
b) trimming. 

 
 

 
Fig. 10. 3D CMM measurements reproduced in 
CATIA for comparison with simulation results. C-
sections were measured at five different locations on 
the outer surface, as numbered above. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Table 5. Average CMM measurements for spring-in 
and twist obtained on C-frame parts after 
demoulding/trimming and corresponding simulation 
results. 

Spring-in, Δd (δ)  
mm (o) 

Δd1  
(δ1) 

Δd3  
(δ3) 

Δd5  
(δ5) 

Experiments 
1.01 ± 0.05 

(1.16 ± 0.13) 
0.66 ± 0.10 

(0.76 ± 0.10) 
0.99 ± 0.09 

(1.14 ± 0.12) 
Simulation 

0.83  
(1.08) 

0.62  
(0.80) 

0.67  
(0.86) 

Twist, θ   
(o) 

Experiments 
1.05 ± 0.22 
Simulation 

1.20 
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1 Introduction  

The use of polymer fibre-reinforced composites has 

been growing at a remarkable rate over the last 

decades. This is due to the superior mechanical 

properties which polymer matrix fibre-reinforced 

composites exhibit over traditional materials such as 

metals, superalloys and ceramics.  

While these properties have made composite very 

attractive for the aerospace and marine industry, to 

name a few, composites pose some drawbacks, 

which prevent them from fully replacing traditional 

materials in primary applications. One of these is the 

poor fire performance, which is mainly attributed to 

the organic matrices that are utilised in composite 

materials. In particular, at elevated temperatures 

these organic resins soften, causing a considerable 

deterioration of mechanical properties whilst at high 

temperatures they decompose and produce smoke 

and toxic or flammable products [1-3]. In addition, 

these products can also burn and release heat, which 

can lead to flame spread and fire exacerbation. 

Finally, depending on the heat flux and the loading 

conditions, a composite component can collapse in a 

matter of few minutes which can have a detrimental 

effect on the overall structural capacity and 

performance [1-7].   

Even though a large number of polymer resins are 

flammable and thus their respective composites, 

ways to improve their low inherent fire retardancy 

using clay fillers have been suggested and studied 

thoroughly in the literature [8-9]. Initially, fillers in 

the microscale had been added to polymers to 

increase the fire performance. However, high filler 

loadings are generally required to improve the fire 

retardancy which has significant ramifications to the 

mechanical properties. This was overcome with the 

use of nanofillers which not only provided a higher 

surface area but also required lower quantities to 

increase the fire retardancy of the base system.  

 

Although the incorporation of nanoclays into the 

resin has been extensively studied, there is a 

shortage of studies where continuous fibre 

reinforcement is also involved. In such cases, issues 

relating to high viscosity and particle filtration have 

been reported [1,10]. 

This study describes the development and fire 

reaction of novel nanoparticle modified commingled 

fibre-reinforced composites [11]. In particular, the 

concept behind this work has been to initially obtain 

fire-optimised matrix formulations which would 

then be melt-spun into continuous fibres and 

eventually commingled with conventional glass 

fibres to produce composite preforms for 

consolidation (Fig. 1). During consolidation, the 

very short polymer flow lengths, which are 

characteristic of commingled fibre composite 

systems along with the use of sub-micron-scale 

particulate fillers that are unlikely to be filtered-out 

by the fibre reinforcements during processing, would 

provide an extremely even and efficient distribution 

of the fire-retarding additive throughout the 

composite part.  Such a novel approach is regarded 

as a highly efficient means of dispersing fire 

retarding particles within a fibre-reinforced polymer 

composite.  This fibre-level doping of the polymer, 

along with the use of commingling  for mixing the 

fibre and resin,  should overcome the existing 

practical  difficulties  of  achieving  high particle 

loadings  with conventional composites, namely 

excessive resin viscosity and undesirable fibre 

filtration of the particles. 

The work presented here is part of a wider 

undergoing project - “FIRE-RESIST – Developing 

Novel Fire-Resistant High Performance 

Composites”. FIRE-RESIST aims to develop novel, 

cost-effective and yet high-performance polymer 

matrix composites with a step-change improvement 

in fire behaviour [11].  
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2 Manufacturing 

In this section the process from fibre spinning to 

manufacturing of commingled fibre-reinforced 

composite laminates is described. 

2.1 Materials 

The thermoplastic polymer system which was used 

in this study was Polyamide 6 or PA6. PA6 is a 

semicrystalline polyamide used in applications 

where temperature and chemical resistance are 

critical and also exhibits good fire–retardancy 

properties. This material system was supplied by 

BASF under the commercial name Ultramid® 

B27 03 having a reported density of 1.12–1.15 cm
3
/g 

(ISO 1183) [12]. Regarding the nano-reinforcing 

clay particles, the clay system which was chosen to 

increase the fire-retardancy of the neat thermoplastic 

polymer was Cloisite® 30B or alkyl quaternary 

ammonium salt bentonite, supplied by Rockwood 

Additives [13]. Finally, for fibre reinforcement 3B 

Advantex® glass fibres (200tex) were used [14].  

2.2 Fibre Spinning 

For the fibre spinning a bi-component melt spinning 

line with in-line solid state drawing supplied by 

Extrusion Systems Limited (ESL), UK, was 

employed (Fig. 2) [15]. Initially, the neat PA6 and 

PA6+2%wt Cloisite systems, after having been dried  

at 140°C for 4–6 hours,  were fed to Hopper 2 and 

melted in an 18 mm single screw extruder, while the 

polymer melt was metered to the spin pack via gear  

pump.  On the melt-spinning line shown in Figure 4, 

the spinning of the single component PA6 and 

PA6+2%wt Cloisite fibres was done simply by 

shutting down the Extruder 1 and the Gear Pump 1. 

For Extruder 2, the temperatures in the three  heating  

zones were set to be 240°C, 250°C and 260°C, 

respectively, whilst the temperatures of gear pump 

and spin pack were both set to be 260°C. The 

resulting products of the fibre spinning of neat PA6 

and PA6+2%wt Cloisite are shown in Fig.4. It 

should be noted that fibres with 4% wt Cloisite were 

also drawn; however, it was difficult to obtain 

continuous fibres because the fibres were very 

fragile [16]. 

 

2.3 Fibre Commingling 

Upon obtaining the fibres from the melt-spinning 

process, fibre commingling followed in order to 

obtain the preforms which would then be 

consolidated. For the fibre commingling, a four-axis 

Waltritsch & Wachter filament winding machine 

was utilised.  

Initially, the PA6 and PA6+2%wt Cloisite along 

with 3B Advantex® Glass fibres (200tex) were fed 

into the filament winding machine. The fibres were 

then drawn over a steel plate (100×100×3 mm and 

260×260×3 mm) acting like a spindle along one 

direction (nominally 0° direction) for twenty (20) 

rounds (Fig. 4). Finally, in order to prevent the 

preform from swelling during consolidation, a few 

fibres were drawn perpendicular to the 0° direction. 

The resulting preforms (100×100×3 mm and 

260×260×3 mm) from the fibre commingling are 

shown in Fig. 5.  

 

2.4 Composite Laminate Manufacturing 

The preforms obtained by the fibre commingling, 

described previously, were subsequently taken to an 

80-ton Talent mould carrier for consolidation. 

Initially, the preforms were consolidated at 260°C 

using 25-ton pressure (Batch 1). While visually the 

laminates were of good quality, optical microscopy 

revealed that considerable porosity was present 

(discussed in Chapter 3). For this reason, a slight 

adjustment in the temperature and pressure was 

made, i.e. the consolidation was conducted at 280°C 

using pressure of 35-ton (Batch 2). This adjustment 

resulted in improved viscosity and lower porosity 

(see Chapter 3). The manufactured commingled 

fibre-reinforced composite laminates are shown in 

Fig. 6 and Fig. 7. The manufacturing process 

comprised eight (8) laminates in total, and in 

particular two laminates of each system (G/PA6 and 

G/PA6+2%wt Cloisite) from each consolidation 

scheme (Batch 1 and Batch 2). 

3 Experimental 

This section provides a description of the 

experimental procedure which was conducted with 

the aim to provide information about the 

microstructure, the thermal properties as well as the 

fire reaction of the neat and nanoparticle-doped PA6 

laminates.  

3.1 Microstructure 

Prior to investigating the microstructure of the neat 

PA6 and PA6+2%wt Cloisite commingled 

composite laminates, ISO 3451 and ASTM D2584 

tests were performed to determine the volume 

fraction of the glass reinforcement. Samples of both 
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material systems, PA6 and PA6+2%wt Cloisite, 

were weighed and placed into dried and pre-weighed 

porcelain crucibles. The porcelain crucibles were 

then heated in an oven at 565°C in air atmosphere 

for 5 hours and finally, they were weighed after 

having cooled down. The nominal densities for the 

PA6 and glass fibres were 1.130g/cm
3
 and 

2.260g/cm
3
 respectively.  

To investigate the microstructure of the neat PA6 

and PA6+2%wt Cloisite commingled composite 

laminates, optical microscopy was performed on a 

Nikon Eclipse LV150N optical microscope and 

images were acquired by a Nikon DS-Fi2 camera. 

For the microscopic inspection, numerous specimens 

acquired from G/PA6 and G/PA6+2%wt Cloisite 

laminates were ground and polished up to 1 μm grit 

size (diamond suspension) in a Struers Rotopol 1® 

polishing machine.  

 

3.2 Dynamic Mechanical Analysis 

The Dynamic Mechanical Analysis (DMA) is an 

experimental method in which an oscillating force is 

applied to a sample and the material’s response is 

analysed. From this method, the tendency to flow 

(viscosity) and stiffness can be obtained, which are 

greatly dependent on the applied stress, external 

temperature and loading time/frequency. In this 

work DMA (Q800 supplied by TA Instruments) was 

used to obtain the elastic modulus over a 

temperature range, i.e. -30°C–200°C. Finally, stress 

was introduced to the samples (50×10×3 mm) in a  

3-point bending fixture at a frequency of 1 Hz 

(Fig. 8). DMA also provided information regarding 

the tan , the tangent of the phase angle or damping, 

which is given by Equation 1: 

tan =Ε´/E´´
 (1) 

where E´ is the storage modulus (a measure of a 

material’s elastic response) and E´´ is the loss 

modulus (a measure of a material’s viscous 

response). 

 

3.3 Fire reaction tests  

3.3.1 Cone Calorimeter 

Cone calorimeter (CC) is a bench-scale test which 

measures fire reaction properties of combustible 

materials in oxygen environment. This method is 

versatile and widely used in fire safety and provides 

a series of fire reaction properties, heat release rate, 

time-to-ignition, smoke density, and yields of CO2 

and CO, to name a few.  Cone calorimetry was 

conducted for both unreinforced and glass fibre-

reinforced PA6 and PA6+2%wt Cloisite laminates, 

using 100×100×3 mm specimens (three per material 

system). In the case of the unreinforced laminates, 

cone calorimetry was conducted at 35 KW/m
2
, 

whilst for the glass fibre-reinforced laminates fluxes 

of 35, 50 and 70 KW/m
2
 were used.  

 

3.3.2 UL-94 

UL-94 is a small-scale flame test, developed by 

Underwriters Laboratories Inc. to evaluate the 

flammability of polymeric materials. In this test, the 

specimens were exposed to flame and their 

behaviour was assessed in terms of the "afterflame" 

time or the amount of material burned in a specific 

length of time. In particular, 5 specimens of each 

material system (PA6 and PA6+2%wt Cloisite) with 

dimensions 125×30×3 mm were tested under 

vertical flame. In that vertical test flame, the flame 

was applied to the base of the specimen held in 

vertical position and upon removal of the flame, the 

extinguishing time was determined. Prior to testing 

the specimens were conditioned at 23°C and 50% 

humidity for at 48 hours, while a methane fuel 

burner.  

 

4 Results 

In the following section, the results from the 

experimental procedure of the glass fibre-reinforced 

PA6 and PA6+2%wt Cloisite laminates are reported. 

Initially, the findings from the fibre volume fraction 

estimation as well as the observations from the 

optical microscopy are presented. Subsequently, the 

change in the storage modulus with increasing 

temperature (DMA) is shown for the neat and 

nanoparticle-doped PA6, while finally the results 

from the fire reaction tests (Cone Calorimetry and 

UL-94) are reported.      

4.1 Microstructure   

The calcination (ISO 3451) and resin burn (ASTM 

D2584) tests showed that the glass fibre volume 

fraction in the commingled G/PA6 laminate was 

approximately 54% whilst in the commingled 

G/PA6+2%wt Cloisite laminate it was 

approximately 51%. The results from the two tests 

are tabulated in Table 1.  

While the aforementioned tests provided an 

estimation of the constituents’ volume fraction, 

optical microscopy offered a more thorough image 
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of the microstructure of the two systems. With 

regards to the laminates from the first manufacturing 

round (Batch 1), optical microscopy revealed that in 

the commingled G/PA6+2%wt Cloisite laminates, 

the fibres were not well distributed in the matrix and 

that the void content was higher in contrast to the 

G/PA6 laminates (Fig. 9 and Fig. 10). In particular, 

in the G/PA6+2%wt Cloisite laminates, wide resin-

rich areas as well as areas where large amount of 

agglomerated glass fibres were observed. In such 

areas voids up to eight fibre diameters were evident 

(Fig. 10). Concerning the G/PA6, in general the 

glass fibres were well distributed; however, limited 

areas of glass fibre agglomerations were also 

observed where voids of not larger than two fibre 

diameters were evident. Note that the numerous 

black-coloured speckles throughout the micrographs 

do not correspond to voids but to the shuttered 

surfaces of the glass fibres due to grinding and 

polishing.   

The findings from the optical microscopy in the 

Batch 1 laminates suggested that adjustments in the 

manufacturing process were necessary in order to 

improve the wetting and the distribution of the glass 

fibres within the neat and nanoparticle-doped PA6 

matrix. Indeed, the adjustments in the consolidation 

process, i.e. the increase of temperature and pressure 

to 280°C and 35-ton respectively, improved both the 

fibre wetting and distribution and reduced 

significantly the void content. As Fig. 10 and Fig. 11 

illustrate, the improvement of the fibre distribution 

was large, especially for the G/PA6+2%wt Cloisite 

laminate where no voids and large glass fibre 

agglomerates were evident, implying that the flow of 

the resin and the wetting of the fibres was greatly 

improved. Nevertheless, large resin-rich areas were 

still observed in the G/PA6+2%wt Cloisite 

laminates.  

 

4.2 Dynamic Mechanical Analysis           

The results from the Dynamic Mechanical Analysis 

of the commingled G/PA6 and G/PA6+2%wt 

Cloisite composite laminates (Batch 1 and Batch 2) 

are shown in Fig.13. Initially, the representative 

storage modulus (E´) versus temperature curves 

indicated a large drop of the storage modulus with 

increasing temperature, as expected. Both systems 

from Batch 1 exhibited lower storage modulus 

across the temperature range in comparison to the 

laminates from Batch 2. With regards to the 

laminates from Batch 2, both systems exhibited 

similar curves. While the storage modulus of the 

G/PA6 was higher up to 50°C, the G/PA6+2%wt 

Cloisite system exhibited consistently higher storage 

modulus from 50°C to 180°C. Moreover, the total 

drop in the storage modulus (from -30°C to 200°C 

was larger in the nanoparticle-doped laminates (up 

to approximately 80%) compared to the G/PA6 

laminates (up to approximately 65%). Finally, DMA 

also provided information about tan   with 

increasing temperature for the four laminates. In 

fact, the onset of the peak in the tan  curve can be 

taken as the glass transition temperature, gT . 

Considering this, it can be said that the 

G/PA6+2%wt Cloisite laminates from both batches 

exhibited higher gT than the G/PA6 laminates (Fig. 

13).  

4.3 Fire reaction tests 

4.3.1 Cone Calorimetry 

Prior to assessing the fire reaction of the 

commingled G/PA6 and G/PA6+2%wt Cloisite 

composite laminates, Cone Calorimetry was 

conducted in unreinforced PA6 and PA6+2%wt 

Cloisite specimens at 50 kW/m
2
 incident heat flux 

(Fig. 15). Considering the behaviour of the two 

systems, the incorporation of 2%wt Cloisite 

significantly decreased the heat release rate 

compared to the neat PA6 (Table 2). In particular, 

the drop in the peak heat release rate was 

approximately 40%, however the change in total 

released heat and the time-to-ignition were 

moderate. Finally, in the nanoparticle doped system 

the smoke production increased by approximately 

50%, however the variability was significant in both 

systems (Table 2). Note that the increase in the 

content of the Cloisite nanoparticles to 4% had 

limited effect on the heat release rate. 

Regarding the commingled glass fibre-reinforced 

composite laminates, typical heat release rate (HRR) 

vs. time curves (35 kW/m
2
) for the two systems are 

presented in Fig.16 whilst the results are tabulated in 

Table 3. In this case the incorporation of the 

nanoparticles decrease the heat release rate and the 

time-to-ignition by approximately 15%, while it led 

to an increase in the total released heat and smoke 

production by approximately 17% and 40% 

respectively. It should be noted that the presence of 

glass fibres apparently reduced heat release rate 

because flammable matrix fractional volume is 

decreased in the reinforced composite. At the same 

time however, time-to-ignition was strongly reduced 
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from 75 to 47 s (Table 2 and Table 3). Nevertheless, 

such a decrease in the heat release was also observed 

in the commingled G/PA6 laminates (Table 2 and 

Table 3) in comparison to the unreinforced PA6 

laminates. Thus, the introduction of the glass fibres 

had a significant impact in the fire reaction in 

addition to the presence of the nanoparticles.  

Representative heat release rate (HRR) vs. time 

curves obtained by Cone Calorimetry test at 

50 kW/m
2
 are shown in Fig.17 and the results are 

summarised in Table 4. At 50 kW/m
2
 the 

improvement in the peak heat release rate was 

moderate (approximately 10%) while an increase in 

the time-to-ignition, total released heat and smoke 

production was observed (Table 4). Note that the 

behaviour over time did not differ between the two 

systems. Finally, as for the fire reaction of the two 

systems at 70 kW/m
2
 heat flux, considering Fig. 18 

and Table 5, the doping of the laminates with 2%wt 

Cloisite did not have any considerable effect in the 

PHHR, time-to-ignition and smoke production 

whilst led to a moderate decrease in the total 

released heat.  

 

4.3.2 UL-94   

The results from the open flame UL-94 fire tests are 

presented in Table 6 and Table 7, for the 

unreinforced and commingled glass fibre-reinforced 

PA6 and PA6+2%wt Cloisite composites 

respectively.  With respect to the unreinforced 

laminates (Table 6), even though a large variation 

was observed in the total burning time of the PA6 

laminates, the total burning time was significantly 

lower for the PA6/2%wt Cloisite laminates. In fact, 

the total time was so low because the specimens 

were self-extinguished and as a result the residual 

mass was also larger. Ditto, the improvement in the 

total burning time was significant in the case of the 

commingled glass fibre-reinforced PA6/2%wt 

Cloisite in comparison to the G/PA6 (Table 7). Even 

though the total burning time increased with the 

introduction of glass-fibres (G/PA6/2%wt Cloisite), 

the specimens were also self-extinguished and thus 

the residual mass was larger compared to the G/PA6 

laminates. 

 

5 Discussion 

In this study, the manufacturing of commingled 

G/PA6 and G/PA6+2%wt Cloisite composite 

laminates using melt-spun PA6 and PA6+2%wt 

Cloisite fibres proved that commingling is an 

efficient way to introduce fire-retarded nanoparticles 

within a composite laminate. Using appropriate 

temperature and pressure during consolidation 

(280°C and 35-ton) led to a satisfactory glass fibre 

volume fraction, wetting and distribution, indicating 

that the correct manufacturing settings are essential 

to fully exploit the capabilities of such a process.  

While the introduction of 2%wt Cloisite proved to 

be insufficient to provide any significant 

improvement in the elastic performance with 

increasing temperature, the fire reaction tests 

indicated that it can have a great impact in the fire 

behaviour of the PA6. In particular, in the 

unreinforced  PA6+2%wt Cloisite laminates the 

incorporation of the Cloisite nanoparticles led to a 

significant improvement of the heat release rate 

(40% – Cone Calorimetry), and the total burning 

time (UL-94), while it had no effect on the time-to-

ignition. This, coupled with the fact that increasing 

the Cloisite nanoparticle content to 4% did not yield 

any notable improvement, implies that 2%wt 

Cloisite nanoparticle content is adequate in order to 

provide a satisfactory improvement in the fire 

reaction of the PA6. 

Upon commingling and introduction of the glass 

fibres, some interesting observations were made 

from the fire reaction tests. Whilst in the Cloisite 

nanoparticle-doped laminates the heat release rate 

was further depressed, a significant decrease in the 

heat release rate was observed in the G/PA6 

laminates (compared to the unreinforced laminates), 

implying that the presence of the glass fibres plays a 

significant role even without the presence of the fire 

retardant particles. Even though some hypotheses 

can be made regarding the behaviour of the glass 

fibres during fire in the particular system, such as 

the role of the conductivity of the glass fibres, this 

phenomenon is not fully understood and therefore 

further studies are required. Nevertheless, the results 

presented in this study indicate that introducing fire-

retardant nanoparticles using commingling can 

provide with significant improvements in the fire 

performance of thermoplastic polymers.  

   

6 Acknowledgements    

The work is part of the European Union funded 

(FP7) project “FIRE-RESIST – Developing Novel 

Fire-Resistant High Performance Composites” 

(Grant agreement no: 24607). 

ICCM19 1341



 

6 
 

References 

[1] AP. Mouritz, AG. Gibson “Fire Properties of 

Polymer Composite Materials”, Springer, 2006.  

[2] DM. Allison, AJ. Marchand and RM. Morchat “Fire 

Performance of Composite Materials in Ships and 

Offshore Structures”. Marine Structures, Vol. 4, pp 

129-140, 1991. 

[3] DM. Allison, AJ. Marchand and RM. Morchat 

“Structural stability of polymer matrix composite 

panels in fire”. Marine Structures, Vol. 22, pp 354-

372, 2009. 

[4] AP. Mouritz, Z Mathys “Mechanical properties of 

fire-damaged glass-reinforced phenolic composites”. 

Fire and Materials, Vol.34, pp 67–75. 

[5] P. Gu, RJ. Asaro “Structural buckling of polymer 

matrix composites due to reduced stiffness from fire 

damage”. Composite Structures, Vol.69, pp.65–75. 

2005. 

[6] AP. Mouritz, Z. Mathys, AG. Gibson “Heat release 

polymer composites in fire”, Composites: Part A, 

Vol.34, pp.863–873, 2003. 

[7] BK. Kandola, AR. Horrocks, P. Myler, D. Blair 

“Mechanical performance of heat/fire damaged novel 

flame retardant glass-reinforced epoxy composites” 

Composites: Part A, Vol. 34, pp.863–873, 2003. 

[8] S. Bourbigot, S. Duquesne Fire retardant polymers: 

recent developments and opportunities, Journal of 

Materials Chemistry, Vol. 17, pp. 2283–2300, 2007. 

[9] A. Castrovinci, G. Camino, “Fire retardant 

mechanisms in polymer nanocomposite materials”  

“Multifunctional Barriers for Flexible Structure: 

Textile, Paper and Leather” Eds. Duquesne S, 

Magniez C, Camino G, Springer series in Materials 

Science, Springer Verlag, Vol. 97, pp. 87-105, 2007. 

[10] M. Nordlund, SP. Fernberg, TS Lundström, “Particle 

Deposition Mechanisms during Processing of 

Advanced Composite Materials”, Composites: 

Part A, Vol. 38, pp.2182-2193, 2007. 

[11] “FIRE-RESIST Developing Novel Fire-Resistant 

High Performance Composites” Grant agreement 

246037, Seventh Framework Programme-Theme 4, 

2010. 

[12] Ultramid® B27 E Product Information, BASF, 2008. 

[13] Cloisite® 30B Product Information, Rockwood 

Additives, 2010.  

[14] Advantex®Glass Product Information, 3B Fiberglass, 

2012. 

[15] M. Strååt, S. Toll, A. Boldizar, M. Rigdahl and B. 

Hagström “Melt spinning of conducting polymeric 

composites containing carbonaceous fillers”, J. Appl. 

Pol. Sci. 119, 3264–3272, 2011. 

[16] SA. Tsampas, SP. Fernberg, Y. Aitomäki “Fibre 

Spinning of Fire-retardant Nanoparticle–doped PA6 

and PES Thermoplastic Polymers”, Swerea SICOMP 

Technical Report CR13-025, 2013.  

 

 

Fig.1. Schematic of the use of commingled fibres to 

provide a high performance fire-retarded fibre-

reinforced polymer composite part [11]. 

 

 

 
Fig.2. Schematic of melt-spinning process [15]. 
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Fig.3. Neat PA6 (left) and PA6+2% wt Cloisite 

fibres. 

 

 

 
Fig.4. Filament winding fixture. 

 

 
Fig.5. Preforms of commingled G/PA6 (top) and 

G/PA6+2% wt Cloisite fibres (bottom). 

 

 

 
Fig.6. Commingled G/PA6 fibre-reinforced 

composite laminate. 
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Fig.7. Commingled G/PA6+2%wt Cloisite fibre-

reinforced composite laminate. 

 

 
Fig.8. DMA equipment (top), 3-point bending 

fixture (bottom). 

Table 1. Glass fibre volume fraction estimation 

results (average) for G/PA6 and G/PA6+2%wt 

Cloisite. 

Material/Method ISO 3451 ASTM D2584 

G/PA6 53.9% 53.7% 

G/PA6+2%wt 

Cloisite 

50.9% 51.2% 

 

 

 
Fig.9. Typical optical micrographs of the 

microstructure in G/PA6 (top) and G/PA6+2%wt 

Cloisite (bottom) laminates from Batch 1 (×10). 

White circles indicate areas with voids. 

 

100 μm 

100 μm 
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Fig.10. Typical optical micrographs of the 

microstructure in G/PA6 (top) and G/PA6+2%wt 

Cloisite (bottom) laminates from Batch 1 (×50). 

White circle indicates areas with voids. 

 

 
Fig.11. Typical optical micrographs of the 

microstructure in G/PA6 (top) and G/PA6+2%wt 

Cloisite (bottom) laminates from Batch 2 (×10).  

100 μm 

100 μm 

20 μm 

20 μm 
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Fig.12. Typical optical micrographs of the 

microstructure in G/PA6 (top) and G/PA6+2%wt 

Cloisite (bottom) laminates from Batch 2 (×50).  

 

 

 
Fig.13. Representative storage modulus vs. 

temperature curves obtained by DMA for G/PA6 

and G/PA6+2%wt Cloisite. 

 

 
Fig.14. Representative tan  vs. temperature curves 

obtained by DMA for G/PA6 and G/PA6+2%wt 

Cloisite. 

 

 

 
Fig.15. Representative heat release rate vs. time 

curves for PA6 and PA6+2%wt Cloisite as obtained 

by Cone Calorimetry at 50 kW/m
2
 heat flux. 

 

 

Table 2. Cone Calorimeter results for the two 

unreinforced material systems (PA6 and PA6+2%wt 

Cloisite) at 50 kW/m
2
 heat flux. 

Property/Material PA6 PA6+2%wt 

Cloisite 

PHRR (kW/m
2
) 1308.5 ± 40.3 740.3 ± 31.3 

THR (MJ/m
2
) 222.3 ± 1.1 210.8 ± 1.0 

Tig (s) 75 ± 2 70 ± 4 

TSR (m
2
/m

2
) 989.5 ± 44.9 1461.5 ± 31.7 

 

 

 

 

20 μm 

20 μm 
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Fig.16. Representative heat release rate vs. time 

curves for G/PA6 and G/PA6+2%wt Cloisite 

composites as obtained by Cone Calorimetry at 35 

kW/m
2
 heat flux. 

 

 

 
Fig.17. Representative heat release rate vs. time 

curves for G/PA6 and G/PA6+2%wt Cloisite 

composites as obtained by Cone Calorimetry at 50 

kW/m
2
 heat flux. 

 

 

 
Fig.18. Representative heat release rate vs. time 

curves for G/PA6 and G/PA6+2%wt Cloisite 

composites as obtained by Cone Calorimetry at 70 

kW/m
2
 heat flux. 

 

 

 

Table 3. Cone Calorimeter results for the two 

reinforced material systems (PA6 and PA6+2%wt 

Cloisite-Batch 1) at 35 kW/m
2
 heat flux. 

Property/Material G/PA6 (B1) G/PA6+2%wt 

Cloisite (B1) 

PHRR (kW/m
2
) 276.0 ± 21.7 236.7±19.3 

THR (MJ/m
2
) 46.8±6.5 54.7±6.0 

Tig (s) 110±6 92±1 

TSR (m
2
/m

2
) 169.0±67.3 241.3±68.0 

 

 

Table 4. Cone Calorimeter results for the two 

reinforced material systems (PA6 and PA6+2%wt 

Cloisite-Batch 1) at 50 kW/m
2
 heat flux. 

Property/Material G/PA6 (B2) G/PA6+2%wt 

Cloisite (B2) 

PHRR (kW/m
2
) 296.1 ± 11.2 272.6±17.8 

THR (MJ/m
2
) 53.1±4.1 58.2±1.5 

Tig (s) 59±4.0 50.1±1.0 

TSR (m
2
/m

2
) 268.4±59.0 307.3±13.3 

 

 

Table 5. Cone Calorimeter results for the two 

reinforced material systems (PA6 and PA6+2%wt 

Cloisite-Batch 2) at 70 kW/m
2
 heat flux. 

Property/Material G/PA6 

(B2) 

G/PA6+2%wt 

Cloisite (B2) 
PHRR (kW/m

2
) 291.7±5.1 290.3±8.3 

THR (MJ/m
2
) 50.8± 6.5 47.5± 0.7 

Tig (s) 30±2 29±1 

TSR (m
2
/m

2
) 396.3±98.1 373.7±70.2 

 

 

Table 6. UL-94 test results for the two unreinforced 

material systems (PA6 and PA6+2%wt Cloisite). 

Property/Material PA6 PA6+2%wt 

Cloisite 

Tt (s) 256±177 35±13 

mR (%) 38±41 87±5 

 

 

Table 7. UL-94 test results for the two commingled 

glass fibre-reinforced material systems (PA6 and 

PA6+2%wt Cloisite). 

Property/Material G/PA6 G/PA6+2%wt 

Cloisite 

Tt (s) 227±20 117±32 

mR (%) 80±2 97±2 
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1. Abstract 

 
This paper focuses on the benefits of using 

nanocomposites in structural level components that are 

typically used in aerospace applications. Initially a 

multiscale approach is used to determine the mechanical 

properties of such nanocomposites. A three-stage 

approach is considered. First, effective carbon nanotube 

(CNT) properties are obtained based on the composite 

cylinder method. Second, the effective properties of the 

effective CNT embedded in an epoxy matrix forming a 

nanocomposite are obtained using the Mori-Tanaka 

method. Finally, the effective properties of a composite 

lamina are obtained assuming that the matrix material 

properties of the lamina are those calculated for the 

nanocomposite in Step 2. Then these effective properties 

are used to analyze the structural response of a T and hat 

stringer using detailed finite element models. The stringer 

is analyzed under pull-off loading. Initial damage is 

detected via the virtual crack closure technique 

implemented in the finite element analysis. It is shown 

that the use of nanocomposites in the manufacturing 

process of such composite stringers will improve the 

overall performance against unique composite failure 

modes. Different configurations are analyzed to provide 

insight on their structural performance. 

 

2. Introduction 

 
In recent years, modeling of composites containing CNTs 

has received wide attention [1-4]. In the analysis of 

nanocomposite integrated structures it is important to 

bridge the various length scales ranging from the 

continuum scale down to the nanometer scale, and 

therefore approach discrete limits. This is a challenging 

task and needs to be addressed in order to understand the 

impact of the nano material at the structural level. 

Throughout the literature there are models which address 

material behavior at the various length scales. Several 

review articles on the analysis and use of nanocomposites 

are available [5-7]. 

 

 

 

 

There appears to be sufficient evidence indicating that 

CNTs should be a very promising candidate as the ideal 

reinforcing material for advanced composites with high 

strength and low density; which are of interest to 

aerospace, automobile, and many other applications. It is 

also well known that composite structures in the form of 

laminates are extremely susceptible to crack initiation and 

propagation along the laminar interfaces in various failure 

modes. Delamination is considered to be one of the most 

common life-limiting crack growth modes in laminated 

composites, as their presence may cause severe reductions 

in the in-plane strength and stiffness, leading to 

catastrophic structural failure [8]. Delaminations may be 

introduced during manufacturing or in service. Many 

useful techniques have been successfully employed to 

improve the delamination resistance in composite 

structures such as three-dimensional (3D)-weaving [9], 

stitching [10], braiding [11], Z-pin anchoring [12], and 

the use of short fibers or microscale particles in the 

polymer matrix [13]. These methods enhanced the 

interlaminar properties, but at the cost of in-plane 

mechanical properties [14].  

 

In this study the authors focus on improving the 

delamination capability of composite stringers that are 

widely used as stiffeners in composite panels for 

aerospace applications by incorporating the use of carbon 

nanotubes in local hot spots in the structure. Due to their 

widespread applications a significant amount of research 

has been reported, both modeling and experimental, in the 

analysis of composite stiffeners [15-20].  This research 

shows that delamination propagation initiates from the 

tow filler-ends of composite stringers and can cause 

complete failure of the joint [21 - 22]. The existence of 

such tows will reduce the structural integrity of the 

stringers and may cause delamination of the upper web 

from the flange, which may lead to failure of the joint 

[23]. In order to prevent such failure from occurring 

structural metallic reinforcement must be added to 

prevent delamination; thereby adding weight and 

complexity to the manufacturing and assembly process, 
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which is usually not a desired solution. In addition, skin-

stringer debonding is another failure mode that could lead 

to catastrophic failure of the structure [24]. Therefore, in 

this study, the authors focus on delamination that occurs 

around the tow filler and along the skin-stringer interface 

for both a T and hat stringer.  

 

3. Multiscale Analysis 

 
Mechanical properties of nanostructured materials can be 

determined by a select set of computational methods. One 

of the most widely used approaches for determining the 

stress or strain concentration tensors for use in 

determining the effective properties of composite material 

is the Mori-Tanaka method, which was originally 

developed in 1973 by Mori and Tanaka [25]. The 

composite cylinder method is another method attempted 

to determine the bounds and expressions for the effective 

elastic moduli of materials reinforced by parallel hollow 

circular fibers [26]. The model utilizes the direct strain 

energy equivalency between the response of concentric 

circular fiber cylinders embedded in a matrix, 

representing aligned fibers randomly dispersed in the 

matrix and effective material response. 

 

The objective of the current study is to analyze the effect 

of the CNTs, embedded in polymer matrix, at the 

structural level. Therefore, it is important to use a 

multiscale modeling approach, capable of bridging the 

various length scales. The micromechanical approaches 

relying on volume averaging are used to determine the 

effective properties; the composite cylinder method is 

used in conjunction with the Mori-Tanaka approach. The 

effective mechanical properties are ultimately used in the 

finite element modeling. Figure 1 shows a general outline 

of the approach presented in this paper. The reader is 

referred to the following references [25-28] for more 

detail information on acquiring the properties of a 

nanocomposite at different length scales using 

micromechanics.   

 

4. Modeling 

 
In order to validate both the modeling techniques and the 

method of analysis, the results were first compared with 

available experimental data [29]. The computer software 

CATIA was used to create the CAD geometry, and the 

commercial software Abaqus was used for the analysis. 

Particular attention is paid to issues such as boundary 

conditions, model size, mesh refinement, contact 

behavior, etc. Selecting the proper fastener modeling 

technique is also a key issue. Two models are constructed, 

one with simply supported boundary conditions and 

another clamped at the ends with fasteners. Figure 2 

shows the 3D finite element models developed, as well as 

the actual specimen that was tested. 

 

 
 

 
Fig.1. General approach to determine the effective elastic 

properties 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.2. (a) Tested specimen [18] (b) CAD model with 

simply supported BC 
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Analysis of carbon nanotube integrated composite structures using multiscale approach 

The modeling techniques that are considered in the 

analysis utilize solid continuum elements (C3D8I) for the 

composite parts as well as the metallic fixtures and 

fasteners. An Abaqus connector modeling routine (star-

fastener) is used to represent fasteners in the model.  

These connectors use multi-point constraints (MPCs) to 

constrain nodes on each surface in a fastener stackup with 

respect to a central reference point that lies on the fastener 

axis centerline. Separate “axial” and “shear” connector 

definitions are used at each fastener location to provide 

both in-plane and thru-thickness constraints to the 

surfaces in the fastener stackup. 

 
The virtual crack closure technique is used in this analysis 

to detect initial damage. When the stress intensity reaches 

the critical strain energy release rate the central pair of 

nodes is released. A damage index is defined in Abaqus 

that is given as a power law as shown in Eq. (1) 

m n o

equiv I II III

equivC IC IIC IIIC

G G G G

G G G G

     
       
     

              (1) 

where GI, GII, GIII are the strain energy release rates for 

mode I, II, III fracture respectively, and GIc, GIIc, GIIIc are 

the toughness allowable for mode I, II, III fracture 

respectively. When this damage index reaches 1 it implies 

that a node has been released and damage has initiated. In 

order to use the virtual crack closure technique in Abaqus 

an initial flaw must be embedded in the model. Usually 

the flaw is inserted in locations where delmaination is 

most likely to occur. Since different flaws behave 

differently, three dissimilar flaw types are considered and 

studied in this paper. In order to correlate to the available 

experimental data, a 0.5 inch x 0.5 inch flaw is used and 

inserted between the tow filler and the web midway along 

the stringer span, since delmaination was observed to 

initiate from that location [29]. It is noteworthy to 

mention that preload is applied to all the fasteners 

common to the skin and stringer in the models. It should 

also be noted that resin toughness values were used in the 

analysis to predict the initial damage (onset of damage) 

[30]. 

 

Figure 3 shows the correlation between the FEM and the 

experimental data for the simply supported model. It 

should be noted that two specimens were tested for the 

simply supported case as shown in the figure. Ten percent 

error bars are depicted on that chart, and it can be 

observed that the results from the FE models fall within 

those tolerances. This correlation is considered to be 

excellent; therefore, confidence is gained with both the 

analysis method and modeling techniques, and will be 

used for the remaining analysis. 

 

Fig.3. Correlation between the FE model and test for the 

simply supported specimen 

 

5. Composite Stringer Analysis 

 

After having correlated to available experimental data, the 

next step is to create a comparatively larger detailed 

model with the same modeling methods that incorporate 

the use of fine grid mesh (especially in the area of 

interest) to be able to accurately capture the joint behavior 

under the critical loading conditions. In order to better 

understand the structural performance several different 

damage scenarios are considered. Table 1 summarizes the 

different flaws considered in this study. A schematic 

diagram of the different flaw types is shown in Figures 4 

and 5 for the T and hat stringers, respectively. A 

comparison between using pure adhesive and adhesive 

with 1, 3, and 5 weight percent CNT is considered. Mode 

I, II, and III fracture toughness for adhesive is used in the 

analysis. It was found that the fracture toughness values 

increase significantly for adhesive that incorporates CNTs 

in their mixture [31], which motivated the authors to 

consider that as an alternative to overcome some of the 

structural weaknesses in composite joints. 

 

Table 1. Summary of the different flaws and loading 

condition combinations used in the analysis 

Flaw Type Loading 

Condition 

Tow Material Case 

Flaw 1 Pulloff Fabric 1 

Adhesive  2 

Flaw 2 Pulloff Fabric 3 

Adhesive  4 

Flaw 3 Pulloff Fabric 5 

Adhesive  6 
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Fig. 4.  Schematic of the T stringer configuration with the 

different flaws considered in the analysis 

 

 

 

 
 

Fig. 5. Schematic of the hat stringer configuration with 

the different flaws considered in the analysis 

 

 

In addition to the different flaw types two designs are 

considered, one that uses adhesive to fill the tow region 

and another that uses fabric. The reason for that lies 

behind the use of both materials as fillers in the 

manufacturing of such stringers in the industry [32]. 

Moreover, the effect of using matrices that include CNTs 

in the composite laminates of the skin and stringer is also 

studied. Note that all the effective properties for the 

different nanocomposites are obtained from the analysis 

mentioned in section 3. The 3D finite element mesh of the 

T and hat stringer models is shown in Figures 6 and 7, 

respectively.  

 

It is important to note that the value of the failure load 

depends on the location where the flaw is embedded in 

the structure. Both flaw types 1 and 2 are embedded in the 

stringer midway along the stringer span-wise direction 

where the peak pull-off loading will occur; whereas flaw 

3 is inserted at the stringer termination between the 

stringer base and skin interface where the abrupt change 

is geometry occurs and delamination is most likely to take 

place. 

 

 

 
 

 

Fig. 6.  Schematic diagram of the T stringer 

 

 

 
 

 

Fig. 7.  Schematic diagram of the hat stringer 

 

6. Numerical Results 

 

This section presents the results of the analysis. 

Initially, the effective mechanical properties are 

shown, followed by the results obtained from the 

failure analysis. 
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a. Mechanical Properties of Nanocomposite 

Lamina   

 
The literature is rich with research on predicting the 

properties of nanocomposites that include CNTs 

embedded in polymer matrix [33-35]. However, the study 

of composites consisting of CNTs, fibers, and a matrix 

material has not been given the same effort. The goal of 

the results presented here is to provide insight on the 

effect of adding CNTs on the mechanical properties, 

specifically the longitudinal and transverse modulus for 

the third length scale in our study, which represents the 

nano-unidirectional composite lamina.   

 

The effect of varying the CNT volume fraction and CNT 

aspect ratio on the mechanical properties are presented. 

Figures 8-11 show the results for a nanocomposite 

unidirectional lamina that have multiwall CNTs (3 walls) 

embedded in the matrix. The fiber is made of AS4 carbon. 

The mechanical properties are inspected as the CNT 

volume fraction is changed. From Figures 8 and 9, it can 

be observed that as the CNT volume fraction increases the 

axial Young’s modulus increases, while the lateral one is 

reduced slightly. In Figures 10 and 11 the variation of the 

nanocomposite mechanical properties as a function of 

CNT aspect ratio are shown. The results show that the 

mechanical properties were affected by the change in 

aspect ratio. The axial elastic modulus increases 

substantially as the aspect ratio increases up until 100. 

The lateral modulus, however, exhibits a smaller increase 

with aspect ratio. 

 

 

 
Fig.8. Longitudinal Young’s modulus (volume fraction)  

 
Fig.9. Transverse Young’s modulus (volume fraction) 

 
 

Fig.10. Longitudinal Young’s modulus (aspect ratio)  

 
Fig.11. Transverse Young’s modulus (aspect ratio) 
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b. Failure Analysis of Composite Stringers 

Incorporating Carbon Nanotubes 

The results from the analysis of the T stinger are 

presented next. Figures 12-14 show the initial failure load 

by applying a pure pull-off load for the three different 

flaw types. Note that four different configurations 

regarding the use of CNT in the structure are considered 

and summarized in Table 2. Figure 12 represents the pull-

off failure load of the structure that incorporates a flaw of 

type 1. The general trend that is observed for both types 

of tow materials (fabric and adhesive) is the increase in 

failure load with increase CNT weight fraction due to the 

added through thickness capability. It is also noticeable 

from the figure that for all values of CNT weight fractions 

the failure load for the adhesive tow is considerably larger 

than that for the fabric tow. When examining the adhesive 

tow results only the failure load is higher for the case 

when both the adhesive and composite contain CNTs, 

unlike the fabric tow design.  

 

Table 2. Different configurations considered in the 

analysis 

 

Configuration Use of CNT 

1 Adhesive Tow (CNT was used in 

the adhesive layer surrounding 

the tow filler and the tow filler 

itself as well as the interface 

between the skin and stringer) 

2 Adhesive Tow (CNT was used in 

the adhesive layer surrounding 

the tow filler and the tow filler 

itself as well as the interface 

between the skin and stringer in 

addition to the composite 

laminates used to construct the 

stringer) 

3 Fabric Tow (CNT was used in 

the adhesive layer surrounding 

the tow filler and the tow filler 

itself as well as the interface 

between the skin and stringer) 

4 Fabric Tow (CNT was used in 

the adhesive layer surrounding 

the tow filler and the tow filler 

itself as well as the interface 

between the skin and stringer in 

addition to the composite 

laminates used to construct the 

stringer) 

 

 

 

Type 1 flaw is noted to be mode I dominant; this relies on 

the angle opening around the tow filler where the pull-off 

load tends to open that radius, creating high energy 

release rates. Therefore the use of CNT is shown to give 

additional through thickness capability preventing or 

delaying such event from occurring.  

 

Figure 13 represents the pull-off failure load of the 

structure that incorporates a type 2 flaw. In this case the 

failure load increased with increase in CNT weight 

percentage for both types of tow materials. It can also be 

observed that the failure load for the adhesive tow is 

larger than that for the fabric tow. By considering only the 

adhesive tow results the failure load is higher for the case 

when both the adhesive and composite contain CNTs. A 

similar observation can be made in the case of the fabric 

tow. Type 2 flaw is also found to be mode I dominant 

under pull-off loading, and the use of CNT is shown to 

provide additional through thickness capability. Note that 

the failure load is much higher than that reported for type 

1 flaw which indicates that the risk of failure is larger if 

the structure experiences pull-off loading with type 1 flaw 

damage included.  

 

Figure 14 represents the pull-off failure load of the 

structure that incorporates a type 3 flaw. As in the 

previous two cases the failure load increases with increase 

in CNT weight percentage; however, for the fabric tow 

the failure load increases up until 5% CNT by weight, 

where it then drops slightly. When examining the 

adhesive tow results the failure load is higher for the case 

when both the adhesive and composite contain CNTs, but 

this statement does not hold for the fabric tow. Type 3 

flaw is found to have a mode mix of both I and II under 

pull-off loading, and the use of CNT is shown to give 

additional through thickness capability in this case as 

well. 
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Fig. 12. Pull-off failure load for flaw 1 considering 

different configurations (T stringer) 

 
Fig. 13. Pull-off failure load for flaw 2 considering 

different configurations (T stringer) 

 
Fig. 14. Pull-off failure load for flaw 3 considering 

different configurations (T stringer) 

 

 

Results are now presented for hat stringers subject to the 

same loading condition. Figure 15 represents the pull-off 

failure load of the structure that incorporates a type 1 

flaw. It can be observed that the failure load increase with 

CNT weight fraction due to the added through thickness 

capability. It is also noticeable from the figure that for all 

values of CNT weight fractions the failure load for the 

adhesive tow is considerably larger than that for the fabric 

tow. For type 1 flaw, mode I fracture is usually dominant. 

The opening of the radius surrounding the tow filler due 

to pull-off creates high energy release rates. Therefore, 

the use of CNT is shown to give additional through 

thickness capability, preventing or delaying such event 

from occurring. By comparing back to the T stringer 

results, it is noticeable that the failure load is higher for 

the hat stringer for this type of damage; therefore, it can 

be said that hat stringers are more resistant to this type of 

damage compared to T stringers. 

 

Figure 16 represents the pull-off failure load of the 

structure that incorporates a type 2 flaw. In this case the 

failure load increased with increase in CNT weight 

percentage for both types of tow materials. It can also be 

observed that the failure load for the adhesive tow is 

significantly larger than that for the fabric tow. By 

considering only the adhesive tow results, the failure load 

is higher for the case when only the adhesive tow contains 

CNTs; therefore, there is no additional gain from using 

CNTs in the composite. On the other hand, when 

considering the fabric tow configuration the failure load is 

higher for the case when both the tow material and 

composite contain CNTs. Type 2 flaw is also found to be 

mode I dominant under pull-off loading, and the use of 

CNT is shown to give additional through thickness 

capability. The variation in failure load compared to T 

stringers, for this type of damage, is not as significant as 

observed previously, thus either stringer type can have 

comparable performance under pull-off loading. 

 

Figure 17 represents the pull-off failure load of the 

structure that incorporates a type 3 flaw. As in the 

previous two cases, the failure load increases with 

increase in CNT weight percentage; however, for the 

fabric tow the failure load increases up until 5% CNT by 

weight, followed by a slight drop. When examining the 

adhesive tow results, the failure load is higher for the case 

when both the adhesive and composite contain CNTs and 

the same statement holds for the fabric tow. Type 3 flaw 

is found to have a mode mix of both I and II under pull-

off loading, and the use of CNT is shown to give 

additional through thickness capability in this case as 

well.  
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From the previous results it can be concluded that when 

considering a structure that is subjected to pull-off loading 

(all aircraft structures fall under this category) the use of 

CNTs in the manufacturing process of such stringers in 

specific hot spot locations, such as the tow-stringer web 

interface or the bondline location between the skin and 

stringer, offers definite advantage. The delamination that 

occurs in those locations can be prevented or delayed and 

a higher structural performance can be obtained.  

 

 

 
Fig. 15. Pull-off failure load for flaw 1 considering 

different configurations (hat stringer) 

 

 
Fig. 16. Pull-off failure load for flaw 2 considering 

different configurations (hat stringer) 

 
Fig. 17. Pull-off failure load for flaw 3 considering 

different configurations (hat stringer) 

 

7. Conclusion 
 

The present study focused on the benefits of using 

nanocomposites in structural level components that are 

typically used in aerospace applications. An example of 

such a structure considered was a typical T and hat 

stringer. A multiscale approach was used based on 

micromechanics to determine the effective properties of 

the nanocomposite at different length scales. These 

effective properties were used in the finite element 

modeling.  

 

Detailed finite element models of the stringers were 

constructed in order to assess the use of nanocomposites 

in structural level components to overcome composite 

failure modes such as delamination. The virtual crack 

closure technique was adopted in order to determine the 

initial damage of the structure defined as the initial load 

drop in the load displacement curve. Different 

configurations and flaw types were considered in this 

study. It was shown that using CNT in the manufacturing 

process of such stringers may improve the overall 

performance up to 50% by comparing the initial failure 

loads. It was also concluded that when considering a 

structure such as the stringers presented in this study that 

usually experience high pull-off loading, the use of CNTs 

in local hot spot locations such as the tow-stringer web 

interface or the skin-stringer bondline, the delamination 

that occurs in those locations can be prevented or delayed; 

hence, providing a more robust structural design. Such a 

solution would help in eliminating the need for typical 

preventive measures used in industry; such as adding 

local metallic fittings, which are not desirable due to the 

added weight and complexity in the manufacturing and 

assembly process. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1  Introduction 
Natural nanocomposites, such as nacre, insect 

cuticle, spider silk, teeth, bone, and antler [1] show 
low density and synergistic mechanical properties. 
They have exceptionally high toughness, strength, 
and stiffness compared with the properties of the 
component materials [2]. The excellent properties 
originate from the sophisticated self-assembled 
structures, which often is a combination of high 
fraction of aligned reinforcing and small fraction of 
soft energy dissipating domains [3]. But the 
biological materials are difficult and expensive to 
scale up, and to engineer from the first principles. 
Biomimetics  [2] aims to achieve some of the 
properties of natural structural materials, using 
rationally engineered and scalable components. 

Nacre, also known as mother-of-pearl, is a hard 
biological composite produced by molluscs such as 
abalone and oyster as an inner layer of shells. It is 
composed of 95 vol% inorganic platelet-shaped 
aragonite (an orthorhombic polymorph of CaCO3), 
which are bound together by a small fraction of 
biopolymers [4]. Nacre is stiff  (Young’s modulus = 
60 – 90 GPa) and strong (60 – 140 MPa), like 
ceramics usually are, but it has remarkably high 
toughness [4-7]. Under wet conditions it has a 
toughness of thousand times higher than pure 
aragonite [4, 5]. The mechanical performance of 
nacre per density is as good as some metals and 
alloys [8-10]. 

Several energy dissipation mechanisms have been 
recognized for nacre to explain its toughness [11-
13]. Frictional platelet sliding [5, 7, 14] has been 
suggested as one of the key mechanisms, where the 
organic phase acts like a lubricant by allowing 
controlled movement between the platelets thus 

providing energy dissipation. Other nanoscale 
mechanisms, such as stiffening of biopolymer [5, 
15-17] limit the mutual sliding of the aragonite 
platelets. Therein sacrificial bonds and hidden length 
scales have characteristic role in the biological 
materials [15, 18, 19]. 

The nacre-like balanced design is extremely 
difficult to transfer into synthetic materials. It is 
especially challenging because, in order to achieve 
the same mechanical behavior, the highly ordered 
structure of nacre needs to be replicated at several 
length scales. There are several different approaches 
to mimic nacre. Maybe the most conventional 
method is layer-by-layer technique [20-24]. The 
method is tedious and time consuming, as typical 
adsorption times per layer is in the scale of a 
minutes [20] and a few micrometer thick film can be 
produced in days or weeks. Ice-templating followed 
by sintering [25-27] results in tough nacre-mimetic 
composites but it also suffers from tedious multistep 
processing.	  

Recently a large-scale one step method of 
mimicking nacre [8,28] was obtained. The key 
element of the method [8,28] is based on 
individually coated core-shell colloidal nanoplatelets, 
that is, nanoclay coated by a polymer layer. To 
control the mutual sliding, the core-shell colloidal 
sheets had to be interlocked. Polyvinylalcohol 
(PVA) coated clay platelets were covalently 
crosslinked with boric acid [8]. It resulted in stiff 
and strong composite but it was unfortunately brittle 
as well. The next step was to the change covalent 
interactions into weaker supramolecular interactions 
to facilitate larger mutual sliding: PVA was changed 
to a polyelectrolyte, poly(diallyldimethylammonium 
chloride) (PDADMAC) and the colloidal platelets 
were linked by ionic crosslinks [28]. The hypothesis 
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was that breaking of the ionic bonds would dissipate 
energy and result in tougher material. However, the 
composite behaved characteristically in the same 
way: ionic crosslinking increased the tensile strength 
and Young’s modulus, but reduced the strain at 
failure, as very little energy dissipation was allowed 
by the "rigid" structure. This encouraged to study 
whether even weaker bonds, like hydrogen bonds, 
could act as dynamic sacrificial bonds providing 
energy dissipation mechanism and synergistic 
mechanical properties. 

There are benefits using cationic polyelectrolytes 
(like PDADMAC) instead of PVA. Part of the 
original counter-ions of the polyelectrolyte remains 
intact upon binding onto the anionic nanoclay. In 
this study we coat the clay platelets with cationic 
PDADMAC to create core-shell colloidal 
nanoplatelets. Then we exchange part of the the 
original chloride counter-ions of PDADMAC to 2'-
deoxycytidine 5'-monophosphate (dCMP), which 
makes strong hydrogen bonds with well defined 
hydrogen bonding acceptors and donors, as well as it 
involves phosphate groups allowing ionic 
complexation to the cationic PDADMAC polymers. 

2  Experimental  

2.1  Materials 
The clay was an anionic natural montmorillonite 

(MTM), Cloisite Na+ from Southern Clay 
Products/ROCKWOOD Clay Additives GmbH, 
(Moosburg, Germany) with a cation-exchange 
capacity of 92.6 meq/100 g and an interlayer spacing 
of 1.17 nm. A clay dispersion (0.5 wt %) was 
prepared. The clay was added little by little into the 
water, and intensively stirred for 24 h to guarantee 
delamination of the hydrophilic MTM platelets. The 
dispersion was allowed to sediment for 24 h and the 
supernatant was used in the experiments. 

Poly(diallyldimethylammonium chloride) 
(PDADMAC, Mw = 200,000 – 350,000 g/mol, 20 
wt% aqueous solution, Sigma-Aldrich) and 2'-
deoxycytidine 5'-monophosphate sodium salt 
hydrate  (dCMP, ≥99%, Sigma-Aldrich) were used 
as received. High purity deionized MilliQ water was 
used in all experiments.	  

2.2  Film Preparation 
PDADMAC and dCMP were separately dispersed 

in water at 1.0 wt % and 3 - 4 wt % concentrations, 
respectively. The anionic clay was coated by 
cationic PDADMAC, and part of the peripheral 
chloride counter-ions were exchanged to dCMP (Fig 
1). Two batches were prepared: one with dCMP and 
other batch without dCMP as a reference. Finally, 
the disc-shape composite films were obtained by 
vacuum filtration and additional drying at 40°C at 
least for 48 h and then further dried in vacuum, 
while applying a slight weight to maintain the planar 
shape. 

2.3  Mechanical testing 
The samples were conditioned and measured 

under controlled humidity, as listed in Table 1. The 
samples denoted as “dry” were vacuum dried at least 
36 h. The tensile testing was carried out on a 
DEBEN Microtest 200 N tensile tester equipped 
with a MT 10250 controller (Deben UK Ltd, 
Suffolk, UK). A nominal strain rate of 0.1 mm/min, 
200 N load cell and gauge length of 10 mm were 
used. The strain was determined optically by Digital 
Speckle Photography (DSP) system, which is a non-
contact optical deformation measuring system. 
Software recognizes a surface pattern of the 
specimen from the digital images and allocates the 
coordinates to the image pixels. After measurement 
the software allows to compare the images and to 
calculate the cross-correlations for the expected 
displacements and to choose the best value, which 
represent the strain at that point. 

The speckle pattern was sprayed on the samples 
by airbrush and then ribbons (average size of 18 mm 
x 2.2 mm x 0.11 mm) were glued on sandpaper from 
their ends. Aramis 6.2 (GOM mbH, Germany) was 
used for digital image correlation. The images of the 
specimen were recorded by two high-resolution 
cameras (5 MB) with same time step as the tensile 
tester (2 images/s). Specimens, which broke outside 
the DSP detection area or near the clamps, were 
neglected, if their stress-strain curves differed 
significantly from other specimens of the same film. 
Also the specimens that contained visible cracks or 
other defects were neglected if they showed 
uncharacteristic behavior. 

The width and thickness of the specimens were 
measured with digital slide gauge and linear gage 
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(LGF-01100L-B transmission-type photoelectric 
linear encoder, Mitutoyo) respectively. Each 
specimen was measured three times before the 
speckle patterning and conditioning. The average 
cross-sectional area was used for calculating stress. 

The width, thickness, force, and strain values 
were imported into MATLAB for further processing. 
The engineering stress (i.e. force/initial cross-
sectional area), Young's modulus and work-to-
failure (area under the curve) were calculated. The 
Young's modulus was determined normally till 0.04 
% strain where the samples behaved mostly linearly. 
The linear correlation coefficients were also 
calculated for those points used to identify the 
Young's modulus to see how well the linear 
estimation describes the behavior. Usually the linear 
correlation coefficients were in the range of 0.98 - 
1.00. Average stress-strain curves (Fig. 4) were 
obtained by linear interpolation and extrapolation till 
the average maximum strain of the specimens. 

2.4  Microscopy 
Transmission Electron Microscopy (TEM) of the 

microtomed sections was performed on a JEOL 
JEM-3200FSC Cryo-TEM, operating at the liquid 
nitrogen temperature. Freeze-dried composite 
samples were sectioned at -40 oC using a Leica UC7 
ultramicrotome. The thin (~70 nm) sections were 
deposited on lacey carbon grids and rehydrated with 
water for 5 min. The samples were then blotted and 
subsequently vitrified in a mixture of liquid ethane 
and propane (-180 oC). Zero-loss imaging of vitrified 
samples was carried out with JEOL JEM-3200FSC 
300 keV TEM operated at liquid nitrogen 
temperature. 

Scanning Electron Microscopy (SEM) was carried 
out on a JEOL JSM7500FA field emission 
microscope using an acceleration voltage of 1.5 - 2 
keV. The cross-sections were obtained as a result of 
tensile test or prior to mechanical testing simply by 
bending by hand until a specimen ruptured. A thin 
platinum, Pt, layer was sputtered onto the samples 
(Emitech K950X/K350, Quorum Technologies Ltd, 
Kent, UK). 

Atomic force microscopy, AFM, was performed 
on a Veeco Dimension 5000 Scanning Probe 
Microscope equipped with Nanoscope V controller 
(Veeco, Inc. Santa Barbara, CA, USA). Tapping 
mode was used to analyze the clay platelets with and 

without polymer. The samples were obtained from 
the MTM and MTM-PDADMAC dispersions. All 
samples were deposited from dilute aqueous 
dispersion onto freshly cleaved mica. 

2.5   Elemental Analysis 
Elemental analyses, EA, were performed by 

Mikroanalytiches Labor Pascher (Remagen- 
Bandorf, Germany). Hydrogen, carbon, nitrogen, 
chlorine and phosphorus were determined (Table  2) 
at least two parallel samples were used. 

3  Results and Discussion 

3.1  Structure and composition 
The AFM imaging of the clay platelets prior 

dCMP functionalization, confirmed that the 
individual platelets were covered with thin layer of 
PDADMAC (Fig. 2). The coating increased the 
thickness of the platelets approximately by 1.2 nm, 
from 1.2 nm to 2.4 nm (Fig. 2 C and F). The 
PDADMAC coating is clearly seen in phase image 
(Fig. 2E) as a rough softer phase covering the 
platelets. Without the PDADMAC only the edges of 
the MTM platelets are seen in the phase image, 
while surface of the MTM look the same as the mica 
substrate (Fig. 2 B). 

The amount of nitrogen, based on EA, showed 
that films without dCMP contain 23 ± 1 wt % of 
PDADMAC. The chlorine/nitrogen ratio indicated 
that 39 ± 2 % of the amino groups of PDADMAC 
have still the original chloride counter-ions, which 
means that they are not bound on the clay surface 
and therefore they are available for the 
supramolecular functionalization. The dCMP treated 
films showed a lower chlorine content and 
phosphorous was detected. After dCMP treatment 
only 14 ± 2 % of amino groups had still chloride 
indicating that the most of the counter-ions had been 
exchanged to dCMP. The weight percentages of 
PDADMAC and dCMP were calculated from the 
nitrogen, phosphorous and chlorine contents. The 
dCMP-functionalized films have 20.9 ± 1.2 wt% of 
PDADMAC and 7.1 ± 0.7 wt% of dCMP. The two 
types of compositions are denoted as 
MTM/PDADMAC and MTM/PDADMAC/dCMP. 

The SEM images of fractured surfaces show the 
aligned layered nacre-mimetic structure in both 
compositions MTM/PDADMAC and 
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MTM/PDADMAC/dCMP in microscale (Fig. 3 A 
and D). The high-resolution TEM revealed the 
nanoscale structure, where the stacks of alternating 
clay (dark) and soft polymer layers (light) can be 
seen (Fig. 3 B, C, E and F). Both layers are 
approximately 1 nm thick. 

4  Mechanical properties  
The stress-strain curves for at least 5 parallel 

specimens and the standard deviation in different 
relative humidities are shown in Fig 4. Under dry 
conditions (Fig. 4A) the strength and stiffness 
clearly increase upon addition of dCMP and at 
higher humidities (Fig. 4B and C) they remain at 
least at the same level upon adding dCMP but the 
strain become increased. This indicates that dCMP 
takes active part on binding as adding low molecular 
weight molecules could lower the strength and 
stiffness due to the plasticization effect, however, 
here it serves us an indirect evidence that hydrogen 
bonding takes place and allows simultaneous sliding 
and binding. The mechanical properties based on the 
tensile measurements are shown in Fig 5 and the 
actual values with their standard error are collected 
in Tab. 1.  

The humidity has a strong effect on the 
mechanical properties of both compositions, though 
they act very differently when humidity is increased. 
The strength and Young’s modulus of MTM 
/PDADMAC reduce due to the plasticization effect, 
while the maximum strain remains roughly 
unchanged, which results in a low work-to-failure. 
The water plasticizes the MTM/PDADMAC/dCMP 
as well, however, the strain increases significantly 
leading to higher work-to-failure. At relative 
humidity of 60 % the maximum strain of 
MTM/PDADMAC/dCMP is 69 % higher than that 
of MTM/PDADMAC. 

We observed the most interesting behavior at the 
relative humidity of 60 % where the tensile strength, 
Young’s modulus, maximum strain and work-to-
failure were 58 ± 2 MPa, 12.4 ± 0.6 GPa, 2.28 ± 
0.16 % and 0.98 ± 0.08 MJ/m3, respectively. In 
contrast to the previous studies, adding molecular 
interactions (due to dCMP) increased the tensile 
strength and the strain without compromising the 
elastic modulus. This led to the improved toughness 
seen as 123 % increase of work-to-failure. The 
change in the mechanical properties is not drastically 

large, but it is conceptually remarkable as the 
synergistic mechanical properties are thought to be 
the landmark in biomimetic composites, thus 
encouraging to identify in more depth related 
concepts.  

It comes obvious that water is needed to plasticize 
the structure. At RH 40 % there is a crossover area, 
where there starts to be just enough water molecules 
in the structure to allow some lubricative sliding in 
dCMP-containing films. Note that nacre itself too is 
only tough under wet conditions. 

5  Conclusions 
At 60 % relative humidity, the tensile strength, 

Young’s modulus, maximum strain, and work-to-
failure changed from 43 ± 2 MPa, 13.7 ± 1.1 GPa, 
1.35 ± 0.10. % and 0.44 ± 0.05 MJ/m3 to 58 ± 2 
MPa, 12.4 ± 0.6 GPa, 2.28 ± 0.16 % and 0.98 ± 0.08 
MJ/m3, respectively, upon adding dCMP. The tensile 
strength and maximum strain increased 34 % and 
69 %, respectively, as a result of dCMP treatment, 
while Young’s modulus remain at the same level, 
leading to a 123 % higher work-to-failure, which 
indicates higher toughness. We suggest that dynamic 
hydrogen bonds allow slippage and sacrificial bonds 
between self-assembled nanoplatelets, thus 
promoting toughness, still providing dynamic 
intercolloidal interactions between the sheets also 
promoted by water molecules. 

The composite materials prepared in this study 
have the strength in the same range with nacre and 
even higher strain than nacre but they do not have as 
high stiffness. In dry conditions, Young's modulus 
of the resulted films was about half of the one 
reported for the nacre. However the resulting films 
even without any modification had high stiffness and 
strength properties in dry state even if they were 
brittle. Usually high performance composites require 
energy-intensive preparation; our composites are 
instead produced in the mild conditions. Also the 
supramolecular process gives a possibility to tune 
the mechanical properties on demand by 
functionalization the structure with other molecules. 

The resulting materials had more than 70 wt % of 
inorganic material and therefore, they are expected 
to have excellent flame and heat shield capabilities, 
as mentioned in previous studies [8, 28]. These 
properties together with lightweight structure and 
the good mechanical properties, suggest to identify 
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hydrogen bonded self-assembled inorganic/organic 
nacre-mimetic materials towards applications. 
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Fig. 1. The preparation of the nacre-mimetic 

structure. First the nanoclay platelets were coated 
with polyelectrolyte via adsorption. Then excess 
polymer was washed away. Ionic binding was done 
by exchanging the original peripheral chloride 
counter-ions to hydrogen bonding dCMP. 

 

 

0 100 200 300
0

1

2

3

nm

nm

 

 

0 200 400
0

1

2

3

nm

nm

 

 

A

B

D

E

C F

 
Fig. 2. Uncoated MTM (A-C) and PDADMAC 

coated MTM (D-F) platelets on freshly cleaved mica 
observed by AFM. A and D show the height images 
with corresponding phase images B and E, and 
height profiles C and F, respectively. The polymer 
coating is easily seen in phase image E. 
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Fig. 3. SEM (A, D) and high-resolution TEM (B, 

C, E, F) micrographs of fracture surfaces of the 
films: A-C) for MTM/PDADMAC and D-F) for 
MTM/PDADMAC/dCMP. 
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Fig. 4. The effect of humidity on tensile stress-

strain curves for MTM/PDADMAC (dashed black 
line) and MTM/PDADMAC/dCMP (solid red line) 
at various humidities: A) Vacuum dried, B) RH 40 
%, and C) RH 60 %. Average curves are presented 
with standard deviation for at least 5 samples. 
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Fig. 5. The effect of humidity on the mechanical 

properties for MTM/PDADMAC (hatched) and 
MTM/PDADMAC/dCMP (white): A) tensile 
strength, B) maximum strain, C) modulus and D) 
work to failure per volume (integral of the stress-
strain curve), which is an indication of toughness of 
the material, with standard deviation. At the dry 
state, the dCMP treated films are stronger and stiffer 
than polymer-clay films without the treatment. At 
higher relative humidities (40 and 60 %), the dCMP 
treatment increases the strain and toughness 
meanwhile the strength and stiffness remain at same 
level compared with the untreated film. 

 
 
 
 

Table 1. The tensile properties of nacre-mimetic 
nanocomposites with standard error. 

Dry: Vacuum dried, measured at RH: 12-17 %, 
T: 22-24 oC 

Sample 
Tensile 

Strength 
(MPa) 

Young’s 
modulus 

(GPa) 

Max. 
Strain 

(%) 

# of 
specimens 

Without 
dCMP 120±5 21.9±0.6 1.17±0.11 8 

With 
dCMP 162±9 38.1±2.6 0.77±0.09 7 

RH 40%: after vacuum drying conditioned 4 days at RH: 
44-50 %, measured at RH: 16-18 %. T: 21-24 oC 

Sample 
Tensile 

Strength 
(MPa) 

Young’s 
modulus 

(GPa) 

Max. 
Strain 

(%) 

# of 
specimens 

Without 
dCMP 64±4 16.3±0.7 0.81±0.07 14 

With 
dCMP 68±4 14.6±0.7 1.03±0.12 5 

RH 60%: conditioned at RH: 53-67, % 
measured at RH: 53-67 %, T:20-21 oC 

Sample 
Tensile 

Strength 
(MPa) 

Young’s 
modulus 

(GPa) 

Max. 
Strain 

(%) 

# of 
specimens 

Without 
dCMP 43±2 13.7±1.1 1.35±0.10 9 

With 
dCMP 58±2 12.4±0.6 2.28±0.16 13 

 
Table 2. The results of elemental analysis in wt% 

with standard error. 

 
MTM 

(2 parallel 
samples) 

MTM/ 
PDADMAC 
(4 parallel 
samples) 

MTM/ 
PDADMAC/ 

dCMP 
(2 parallel 
samples) 

C 0.265 ± 0.005 15.3 ± 0.4 17.61 ± 0.05 
H 0.76 ± 0.03 3.02 ± 0.08 3.1 ± 0.4 
N 0.27 ± 0.03 2.26 ± 0.05 3.21 ± 0.02 
Cl 0.14 ± 0.00 2.25 ± 0.09 0.81 ± 0.10 
P 0.021 ± 0.002 0.0185 ± 0.0012 0.73 ± 0.05 
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Abstract  
 

The G-control technique is a new testing 

methodology which allows fatigue crack growth 

characterization of sandwich specimens using real-

time control of the cyclic energy release rate. A 

compliance based measurement method is used to 

monitor the crack length to maintain a constant 

energy release rate at the crack tip during the fatigue 

test. MMB sandwich specimens with GFRP face 

sheets and H100 and H160 PVC foam cores were 

tested, showing approximately constant crack 

propagation rate.  

 

 

1 Introduction  
 

Sandwich composites are nowadays used in large 

and light structures, where each of the constituent 

materials are higly stressed. Typically, aircrafts and 

wind turbines are subject to cyclic loads and are 

required to withstand a large number of loading 

cycles without substantial damage or structural 

failure. A sandwich structure made from polymer 

composite face sheets over a polymer foam typically 

contains small, undetected manufacturing flaws in 

the form of face/core debonds. It is of primary 

importance, thus, to study the behavior of the 

structure under fatigue loading. Several studies on 

fatigue crack propagation of face/core interface 

debonds have  been presented, e.g. [1-3]. Common 

to all these studies is that the cyclic loading was 

conducted under load or displacement control, i.e. 

the maximum and minimum displacements or loads 

were kept constant during fatigue cycling. As 

illustrated in Fig. 1, a typical test specimen under 

cyclic loading with constant displacement amplitude 

will experience retardation of crack growth, while 

constant load amplitude leads to accelerated crack 

growth (although there are exceptions to this rule, 

see Ref. [3]). A specimen where cyclic energy 

release rate (ΔG) is held constant is expected to 

display constant cyclic crack growth rate (da/dN). 

Such a test approach is highly desirable. This is a 

relatively new technique which has become possible 

due to advanced computer controlled test systems. 

This method allows testing at constant crack growth 

rate and avoids any influence from path history 

effects (kinking, interlayer deflection etc.) related to 

the change of energy release rate level, which must 

be taken into account with the traditional 

displacement and load control testing methods. 

The main objective of this work is to develop the G-

control technique to allow fatigue crack growth 

characterization of sandwich face/core interfaces 

using real-time control of the energy release rate.  

The implementation of this concept on a MTS 

Table-Top hydraulic test machine with the MTS 

Test Suite software will be described. The concept 

will be experimentally demonstrated on a debonded 

sandwich specimen with fiberglass face sheets and 

H45, H100 and H160 PVC foam cores. 

 

2 Test specimen 

Fatigue crack growth of face/core interface cracks, 

Fig. 1, is considered here.  Several sandwich fatigue 

test specimens have been developed for studying 

face/core crack growth. The CSB (Cracked 

Sandwich Beam) and DCB (Double Cantilever 

Beam) specimens are used to perform tests under 

mode I and mode II [4-5]. Mixed mode fracture and 

fatigue tests have been performed using the mixed 

mode bending (MMB) specimen [2]. This specimen 

is shown in Fig. 2.  

Through a system of saddle, roller and hinges, the 

load transferred to the specimen is split into a 
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combination of tensile normal (mode I) and sliding 

shear (mode II) loadings at the crack tip. By 

adjusting the position of the load application point, 

i.e. loading lever distance, c, in Fig. 2, this test  

allows control of the mode mixity. The mode mixity 

is quantified by the mode mixity phase angle [7], 

which defines the relative amount of sliding and 

opening displacements. Determination of the phase 

angle requires finite element analysis as described in 

Ref. [8]. 

The compliance of the MMB specimen is given by 

the following expression [6], 

 

CSB

lowerDCBupperDCB
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L
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L

Lc

L

c

C
L

Lc
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                            (1) 

 

where c and L are the loading lever distance and half 

span length, Fig. 2, and α is the load partitioning 

factor. This factor and CDCB_upper, CDCB_lower and CCSB 

are defined in Ref. [6].  

The energy release rate G for the MMB specimen is 

given by 

 

da

dC

b

P
G

2

2

                                                              (2) 

 

where P is the load applied, a is the crack length and 

b is the specimen width. Combination of Eqs. (1) 

and (2) yields 
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      (3) 

where the new symbols introduced are Ef, Young’s 

modulus of the face, hf,, thickness of the face, η, 

elastic foundation parameter, hc, thickness of the 

core, Gxz, shear modulus of the core, A, B, D are 

respectively the extensional, coupling and bending 

stiffnesses for a sandwich beam. Ddebonded and Dintact 

are the bending stiffnesses of the debonded and 

intact regions of the specimen.   

Since a cyclic test is considered, it is convenient to 

introduce the concept of “cyclic energy release rate”, 

ΔG 

 

da

dC

b

PP
G

2

2

min

2

max 
                                                  (4) 

 

which is the range of energy release rate calculated 

for each cycle using the maximum and minimum 

values of the load and crack length. 

 

 

3  G-control of fatigue test 
 

In order to maintain a constant cyclic ΔG during the 

fatigue tests, the maximum and minimum 

displacement are continuously monitored and 

automatically adjusted during the crack propagation 

while maintaining a constant cyclic load ratio 

R=δmin/δmax 

Fig. 3 shows a schematic representation of the G-

control loop. Before starting the test a desired range 

of energy release rate and R ratio are set. The initial 

crack length, a, is determined from the measured 

compliance, and the maximum and minimum loads 

required for Eq. (4) are obtained from  

 

C
P


                                                                (5) 

 

where the measured  δ is δmax and δmin, respectively. 

Notice that δmin = R δmax. During the cyclic test the 

compliance is continuously monitored from the load 

and displacement signals. The crack length is 

calculated from the compliance and  ΔG is 

calculated from Eq. (4). The actual ΔG value is 

compared to the desired value. If the two values are 

equal (within a certain range), the cyclic 

displacement amplitudes remain, otherwise they are 

adjusted in order to reach the desired G level. 
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4  Code implementation into machine controller 

An MTS Table-Top 10 kN test machine with servo-

hydraulic actuator and 10 kN load cell was used for 

the fatigue tests. The G-control code was 

implemented into MTS TestSuite Multipurpose Elite, 

a very flexible software which allows programming 

and complex testing through a drag-and-drop 

toolbox including a wide choice of functions [9].  

The G-control method is based on several important 

functions. “Assign variables” is used to assign a 

value to a variable. It can be either a number or a 

formula (which can include other variables as well). 

“Cycle + DAQ” consists of sine wave cycling with 

incorporated data acquisition process. Maximum and 

minimum values of the cyclic displacement, δmax and 

δmin can be changed automatically during the test. 

“Calculate Variables” is used to make calculations 

during cycling, in order to evaluate if some of the 

variables need to be adjusted. “While-Loop Activity” 

allows to repeat continuously the same operations 

(cyclic loading + variables calculations). “If-Else 

Condition” is actually the heart of the G-control 

code. It allows to evaluate if ΔG is above or below 

the desired level. 

In order to initialize the test, few steps are needed. 

First the specimen geometry and material properties 

are input into the code, as well as the desired ΔG 

level, which must be kept constant during the test, 

and the R ratio. A crack length vs compliance 

relation is obtained through the closed-form 

formulas described in section 2. A curve fit equation 

is then used as input into the code.  

Last but not least step before starting the test, 

maximum and minimum initial displacement have to 

be input. It is suggested to use small initial 

displacement values resulting in a G level below the 

desired one. In fact, the code is built in order to 

increase (not decrease) the displacement every time 

ΔG falls below the predefined level.  

 

5  Experimental tests 

MMB specimens with two sets of sandwich 

composite materials, both with quasi-isotropic 

GFRP face sheets and H45, H100 and H160 PVC 

foam cores, were prepared. The face and core 

materials have been subject to several mechanical 

tests (tensile, compression and shear tests) to 

determine in-plane and out-of-plane mechanical 

properties, such as Young’s modulus, Poisson ratio 

and shear modulus. All nine orthotropic elastic 

constants of the face sheets are measured for the 

purpose of subsequent detailed FE analysis.  

12 sandwich specimens with GFRP face sheets 

(6 with H100 foam core and 6 with H160 foam 

core) were prepared. 
The MMB specimens were pre-cracked using a band 

saw to achieve a 30-40 mm long crack at the face-

core interface  (Fig. 4). The band saw method was 

found to be more efficient method to achieve a pre-

crack than the traditional Teflon film insert, which 

was very often leading to crack kinking into the 

face.  

After pre-cracking, the specimens were tested under 

mixed mode loading (mode I dominant) through a 

wide range of energy release rate levels, in order to 

evaluate crack propagation rate.  

Displacement (max and min) and load (max and 

min) signals are recorded during the test for each 

cycle through the data acquisition process. During 

the test, several parameters are displayed on the 

computer screen in real time, such as current ΔG 

level, crack length and compliance. 

Tests started at a low ΔG level by fatigue cycling of 

the specimen for about 300 cycles. If no crack 

propagation occurred, ΔG was increased and 300 

cycles were applied again, and so on. When crack 

propagation was observed, the test would be carried 

on for several thousands of cycles, in order to 

propagate the crack 10 – 15 mm. 

 

 

6. Test results 
 

Fig. 5 shows an example of G-controlled test, where 

the target has been set equal to ΔG = 190 J/m
2
. The 

red dotted line represents the actual ΔG and the blue 

continuous line shows δmax. It can be seen that when 

ΔG falls slightly below the predefined level, the 

maximum displacement magnitude is increased by a 

small step (in this case 0.5 mm) and ΔG increases. It 

is evident in Fig. 5 that ΔG is not perfectly constant, 

being subject to oscillations (in this case the 

variation is about 7 – 8 J/m
2
). In order to minimize 

the variation, the displacement increment can be 

reduced.  
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Fig. 6 shows crack length and compliance during the 

cyclic crack propagation test. It can be seen how, 

after a transient period of about 50 cycles where the 

crack does not propagate because the displacement 

applied to the specimen is too small, the crack grows 

at approximately constant speed. 

 

Concluding Remarks 

A newly developed G-control testing methodology 

which allows fatigue crack growth characterization 

of sandwich specimens using real-time control of the 

cyclic energy release rate was demonstrated using 

the sandwich MMB specimen. A compliance based 

measurement method was used to monitor the crack 

length to maintain a constant energy release rate at 

the crack tip during the fatigue test. MMB sandwich 

specimens with GFRP face sheets and H100 and 

H160 PVC foam cores were tested, showing 

approximately constant crack propagation rate.  
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Fig. 1. Crack length vs number of cycles for 

different testing modes, i.e. displacement (δ) control, 

energy release rate (G) control and load (P) control. 
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Fig. 2. MMB test rig and specimen 

 

 

 

Fig. 3. Schematic representation of G-control code 

 

 

 

 
 

Fig. 4. Specimen pre-cracked using band saw. 

 

 

 
Fig. 5. Maximum displacement and energy release 

rate vs cycles for a specimen with H45 core. 

 

 

Fig. 6. Crack length and compliance vs cycles 

during fatigue test of a sandwich specimen with H45 

core. 

 

ICCM19 1370



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

The design of composite stiffened panels is of great 

importance in aeronautics, automotive or nautical 

fields since they are used in building Principal 

Structural Elements (PSE). Besides the presence of 

technological defects, the residual strength of such 

PSE can be of course affected by in-service damage 

due to stress concentrations at stiffener/skin ply 

drop-off, at joining regions, as well as due to 

accidental loading such as impact. The damage ends 

generally in a delamination crack which proceeds 

into the PSE due to in-service conditions, among 

them due to fatigue loading. A numerical method 

able to reproduce the fatigue delamination of such a 

composite part is therefore attractive to predict its 

residual strength. A relationship between the applied 

stress intensity factor and the fatigue crack growth 

(FCG) rate of a defect is generally expressed as a 

power law. In the case of polymers, adhesives and 

composites the relationship is traditionally written as 

a function of the range of strain energy release rate 

(ΔG) as 

 d
GB

dN

da
  

(1) 

where B and d are parameters depending on the 

material and load mixity ratio, and a is the defect 

length. In general applications the strain energy 

release rate can only be computed numerically by 

using, for example, Finite Element (FE) simulations, 

where G is obtained using the contour integral or the 

virtual crack closure technique (VCCT). This latter, 

initially proposed by [1] for four noded elements, 

was extended to higher order elements by [2] and to 

three-dimensional cracked bodies by [3], while in 

recent years it has been successfully implemented in 

commercial finite element codes, both in two and 

three dimensions. The prediction of crack growth 

can be then carried out by a stepwise analysis, each 

step corresponding to a user-defined crack growth 

increment, hence the number of cycles can be 

obtained by manually integrating the crack growth 

rate computed from the Paris law. To speed up the 

process, in some finite element softwares this 

procedure is integrated in special features. 

An alternative way for dealing with fatigue crack 

growth problems is using a cohesive zone model 

(CZM). This model is largely used for the simulation 

of the quasi static fracture problems, especially in 

the case of interface cracks such as delamination in 

composites. The possibility to simulate the growth 

of a defect without any remeshing requirements and 

the relatively easy possibility to manipulate the 

constitutive law of the cohesive elements makes the 

cohesive zone model attractive also for the fatigue 

crack growth simulation. In fact, most of the works 

where the cohesive zone model is used for the 

simulation of the fatigue crack growth deal with 

interfaces [4-10]. 
In this work a CZM developed and validated by 

some of the authors in a previous work [11] starting 

from the concept presented in [7] and then extended 

to 3D geometries [12] is applied to simulate fatigue 

delamination. A comparison of the performances 

with the VCCT embedded in the software Abaqus is 

made on mode I, mode II and mixed-mode I/II 

loaded, three-dimensional specimen geometries. 

2 Modelling 

2.1 VCCT  

The VCCT is a well-established (see for example 

[13]) method to calculate the strain energy release 
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rate, G. In two-dimensional finite element models, 

an advancing crack is considered with an initial 

crack front at a point l, the point l splits into two 

points l1 and l2 forming a new crack front at point i as 

seen in Figure 1. If u and u’ are the displacements in 

local x-direction and v and v’ are the displacements 

in the y-direction of the points l1 and l2 respectively 

then the strain energy release rate G, based on 

VCCT may evaluated as:  

   
 

    
  (   

 ) 

    
 

    
  (   

 )  

(2) 

The total energy release rate is         . The 

Abaqus software uses VCCT to evaluate the 

increment in the number of cycles, N, related to an 

increment of crack length, a, based on Paris-like 

crack growth rate relationship, Eq. 1, where B and d 

are taken to be independent of mixed-mode loading. 

 
Fig. 1. Outline of two-dimension VCCT. 

 

Automated fatigue crack growth is featured in 

Abaqus® through Direct Cyclic analysis [14], a 

quasi-static analysis where the stabilized cyclic 

response of the structure is obtained directly, i.e. the 

transient analysis necessary to obtain a stabilized 

cycle after each crack length increment is not 

explicitly performed in order to reduce the 

computation time. The method is based on the 

development of a displacement function F(t) which 

describes the structural response at all moments of 

time t in a loading cycle, within a given time period 

T. This function is represented in the following way 

 ( )     ∑[  
       

 

   

   
       ] 

(3) 

where, n represents the number of terms in the 

Fourier series, ω is the angular frequency, and U0, 

Uk
s
, Uk

c
 are the coefficients of displacement 

corresponding to each degree of freedom. The 

residual vectors are of the same form as the 

displacement function and are represented by 

 ( )     ∑[  
       

 

   

   
       ] 

(4) 

Where Ro, Rk
s
, and Rk

c
 are in correspondence with 

the displacement coefficients U0, Uk
s
 and Uk

c
 

respectively, and this vector R(t) is tracked for each 

instance of time in the loading cycle. The integration 

of this function R(t) over the entire cycle yield the 

following Fourier coefficients 

   
 

 
∫  ( )  
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 (5) 

  
  

 

 
∫  ( )         
 

 

 

These coefficients are then compared with the 

tolerances defined for convergence, with respect to 

the corresponding U0, Uk
s
 and Uk

c
. If the tolerance is 

met, convergence is achieved and the solution is 

obtained for that crack length increment. 

2.2 CZM 

The CZM developed in [11] for bonded interfaces 

can also readily applied to composite delamination. 

A damage parameter, D, is applied to the initial 

stiffness K0 of the cohesive elements to yield K=(1-

D)*K0 where K is the current (damaged) stiffness. 

The damage evolution with the number of cycles is 

given by the equation: 

 d

CZ

GB
AdN

dD


1  
(3) 
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3  

where ACZ is the process zone area evaluated by 

finite element analysis during the simulation, and 

does not need to be derived from a theoretical 

model. The model is implemented in the USDFLD 

subroutine of the software Abaqus following the 

scheme in Fig. 2. 

 

 
 

Fig. 2. Scheme of fatigue CZM application in Abaqus. 

 

where ΔDi
j
 is taken as follows: 

max

j
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n

i

j
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j

imax
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i

DD- ifDD

DD- ifDD









11

1
 (6) 

being Dmax a user-selected value. The computation 

of the strain energy release rate has been done using 

J-integral. Since J is not available in output for 

cohesive elements in Abaqus, a procedure based on 

Abaqus URDFIL user subroutine has been 

developed to calculate it on-the-run. Neglecting 

geometrical nonlinearity, the J-integral is calculated 

in two-dimensions along path on the boundaries of 

the cohesive zone as: 





















 d

x

u

x

u
JG

1

2
22

1

1
12   (7) 

where the opening/sliding and the stresses in the 

cohesive elements are taken at the beginning of the 

increment. For 3D simulations the basic framework 

of 2D is maintained, but in this case the J-integral is 

evaluated along parallel paths in the thickness 

direction [12], therefore the mesh of the cohesive 

zone has to be mapped accordingly. The scheme of 

Fig. 2 is then applied on each path, looking for the 

value of N
i
min among all paths. Under mixed-mode 

loading, the fatigue crack propagation model of [15] 

is applied. The fatigue crack growth rate is always 

represented by Eq. 1, where this time B and d are 

functions of the mixed mode ratio MM=GI/G: 

(8) 

   Bn

IIIII MMBBBB  1lnlnlnln  

and dI, BI and dII, BII are, respectively, the 

parameters of the Paris law in mode I and mode II 

and nd, nB are material parameters. 

2.3 FE models 

The fatigue delamination models are tested on 

various joint geometries characterised by varying 

mixed mode ratios, in order to verify accuracy, 

robustness and performance in terms of 

computational time. In particular, pure mode I 

loading is simulated with a Double Cantilever Beam 

(DCB) geometry, pure mode II loading with an End 

Loaded Split (ELS) geometry and mixed mode I/II 

loading with a Mixed Mode End Loaded Split 

(MMELS) geometry, as shown in Fig. 3a-cErrore. 

L'origine riferimento non è stata trovata.. 

Additionally, a Single-Lap Joint (SLJ) has been 

modelled as a representative case of real joint 

geometry (see Figure (Fig. 3d). The propagation of 

the crack in the SLJ was allowed only on one side to 

simplify the comparison of the models results. 

(a)  

(b)  

(c)  

 
Fig. 3. Simulated geometries: a) DCB, b) ELS, c) 

MMELS and d) SLJ. B (width) not represented.     dn

IIII MMdddd 
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The elastic constants are E11 = 54000MPa; E22 = 

8000MPa; G12 = 2750MPa and 12 = 0.25 

corresponding to those of a woven ply composite 

tested in [16]. The quasi-static cohesive parameters 

and fatigue crack growth (FCG) properties are taken 

from [7]. The dimensions are reported in Tab. 1. 

 
Tab. 1. model dimensions and applied load per unit 

thickness. 

 DCB ELS MMELS SLJ 

P [N/mm] 10 20 15 200 

a0 [mm] 20 20 20 * 

h [mm] 5 5 5 10.56 

L [mm] 175 175 175 285.8 

B [mm] 20 20 20 20 

Lo [mm] / / / 110.8 

* An initial crack length of 1 mm (1 element) has been 

specified for the SLJ when simulated using VCCT, while 

no initial crack length was needed in the case of CZM. 

 

In all the simulation a load ratio R = 0.05 is 

assumed. The mesh is comprised of 8-nodes, 3D 

continuum shell elements with reduced integration 

and unit aspect ratio. The cohesive elements are 

kinematically tied to the two delaminating halves. 

The mesh sizes are reported in Tab. 2, they represent 

a good balance between convergence on strain 

release rate and computational cost.  

 
Tab. 2. Element sizes 

Model 
3D Continuum Shell 

Size (mm) 

Cohesive element 

Size (mm) 

DCB 1.0 0.5 

ELS 1.0 0.5 

MMELS 1.0 0.5 

SLJ 
1.0 (next to cohesive 

elements) 
0.5 

 

Other parameters, specific of each model, are: 

 a maximum damage increment, Dmax = 0.2 has 

been used for CZ [17]; 

 a number of Fourier series terms 49 and a time 

increment 0.01 have been set for VCCT except 

for ELS where the time increment was set to 0.1 

due to observation of little variation at higher 

time points. The choice of a very small time 

increment in the VCCT solution has followed 

from a convergence study.  

Finally, VCCT at present does not allow to modify 

the coefficient (B) and exponent (d) of Eq. 1 

according to the mixed-mode ratio MM, as CZM 

instead does. 

3 Comparison of Cohesive zone and VCCT on 

fatigue delamination/debonding  

The two methods are compared with respect to: i) 

agreement with each other; ii) calculation time. 

Concerning i), the average value of G (or GI, GII) 

and of crack length along the crack front were 

considered. Regarding ii), it is the time the analyst 

has to wait for the crack to reach the knee of the a-N 

diagram, that is close to fracture. In the cases studied 

here this means a crack length of 30 mm for all the 

geometries except SLJ, for which the analyses have 

stopped at 10 mm of crack length even though still 

far from fracture. Only the outputs strictly necessary 

for each model were required, in order to minimize 

time spent in storing data. The PC used for 

calculations for CZM is an Intel ® Core™ I, -

2630QM 2GHz CPU, with 6 Gb RAM and 579Gb 

HD (7200rpm, 6Mb cache) and for VCCT Intel® 

Xeon™ E5645 (Nehalem, 1 core) 2.4 GHz CPU, 

with 48Gb RAM and 900Gb HD (10k rpm, 12.3Mb 

cache). Due to crack front bowing, the results are 

reported in terms of average crack length. An 

average G has also been evaluated from the analysis 

output for the sake of comparison. 

3.1 Mode I loading (DCB) 

Fig. 4 shows the values of GI obtained by CZM and 

VCCT. The two sets show quite a good 

correspondence with each other after an initial phase 

of about 2mm.  

 

 
Fig. 4. Comparison of GI obtained by CZM and VCCT in 

the case of DCB. 
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The reason of this initial difference is that CZM 

needs to develops a process zone ahead of the crack 

front before starting the propagation, which is not 

the case of VCCT. Moreover, the process zone 

develops from inside to outside due to constraint, 

which results a bowed crack front in both cases. To 

evaluate which solution is closer to reality is beyond 

the scope of the paper. 

Skipping the first two millimeters where the 

cohesive process zone develops, the crack length vs. 

number of cycles is shown in Fig. 5. Even though 

the trend of GI of the two models is the same and the 

values are similar, the difference in the elapsed 

number of cycles for a given crack growth is high as 

the crack growth rate (Eq. 1) is strongly dependent 

on G. It has to be underlined that the size of 

cohesive elements is a compromise between the 

computation time and a simulation of the process 

zone with sufficient detail, as testified also by the 

small oscillations of G in Fig. 4. By just decreasing 

element size, a better agreement would be found. 

 

 
Fig. 5. Comparison of a-N values in the case of DCB 

obtained by CZM and VCCT. 

3.2 Mode II loading (ELS) 

Fig. 6 shows the values of GII obtained by CZM and 

VCCT. The two sets show quite a good 

correspondence with each other concerning the 

trend, while CZM results lower than VCCT of 15% 

in average. The difference in the first millimeters is 

not so marked as in the case of Mode I DCB, since 

damage under Mode II develops almost uniformly 

along the crack front (no bowing). 

Skipping the first two millimeters where the 

cohesive process zone develops, the crack length vs. 

number of cycles is shown in Fig. 7. Even though 

the trend of GI of the two models is the same, the 

average 15% difference causes a sensible difference 

in the elapsed number of cycles for a given crack 

growth. 

 

 
Fig. 6. Comparison of GII obtained by CZM and VCCT in 

the case of ELS. 

 

As discussed concerning Mode I, the size of 

cohesive elements is a compromise between the 

computation time and a simulation of the process 

zone with sufficient detail. By just decreasing 

element size, a better agreement would be found. 

 

 
Fig. 7. Comparison of a-N values in the case of ELS 

obtained by CZM and VCCT. 

3.3 Mixed-Mode I/II loading (MMELS) 

Fig. 8 shows the values of GI and GII obtained by 

CZM and VCCT. The two sets show quite a good 

correspondence with each other concerning GI, 

being CZM in this case higher than VCCT of 10% in 

average, after an initial phase of about 2mm. The 

reason of this initial difference was already 

discussed in 3.1.  

The Mode II component instead, results lower than 

VCCT more markedly than in the case of ELS. A 

possible reason for this fact is the development of a 
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Mode III, as described later in the case of SLJ, 

which origin is now under investigation. 

 

 
Fig. 8. Comparison of GII obtained by CZM and VCCT in 

the case of MMELS. 

 

From the comparison of the results of MMELS with 

DCB and ELS, a general statement whether CZM 

under- or overpredict the strain energy release rate 

outcoming from VCCT cannot be therefore drawn 

unless further investigations, especially concerning 

mesh size effects, are done. 

Skipping the first two millimeters where the 

cohesive process zone develops, the crack length vs. 

number of cycles is shown in Fig. 9. Given the 

differences shown in Fig. 8 in the values of GI and 

GII between the two models, a sensible difference in 

the elapsed number of cycles for a given crack 

growth obviously turns out. 

 

 
Fig. 9. Comparison of a-N values in the case of MMELS 

obtained by CZM and VCCT. 

3.4 Single-Lap Joint (SLJ) 

Fig. 10 shows the distribution of GI, GII along crack 

front. It is clear that values are unevenly distributed 

probably due to the development of an asymmetrical 

crack front. It is also evident that where GI, GII 

values drop, a comparable GIII shows up. Since 

Mode III should be concentrated in correspondence 

of the surfaces, the occurrence of non-negligible GIII 

at some points in the interior is peculiar. Keeping in 

mind that this results may affect the comparison 

with CZM, the values of GI and GII obtained by 

CZM and VCCT are reported in Fig. 10. The two 

sets show quite a good correspondence anyway with 

each other concerning GII, being CZM in this case 

higher than VCCT after about 5mm of crack growth. 

The Mode I component instead, results lower than 

VCCT more markedly than in the case of DCB, and 

differently from the case of MMELS, which is 

probably related to the uneven distribution shown in 

Fig. 10. 

 

 

 

 
Fig. 10. Example of GI, GII and GIII distribution along the 

crack front. 

 

The very low values in the case of CZM at the 

beginning are related instead to the absence of an 

GIII 

GII 

GI 
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initial crack and, therefore, the necessity of some 

millimeters of crack growth for the process zone to 

develop. Oscillations visible afterwards are instead 

related to the relatively coarse mesh used to keep 

calculation time within affordable limits. 

As already said in the case of MMELS, a general 

statement whether CZM under- or overpredict the 

strain energy release rate outcoming from VCCT 

cannot be drawn, unless further investigations, 

especially concerning mesh size effects, are done. 
 

 
Fig. 11. Comparison of GII obtained by CZM and VCCT 

in the case of SLJ. 

 

Skipping the first five millimeters where the 

cohesive process zone develops, the crack length vs. 

number of cycles is shown in Fig. 12. Given the 

differences shown in Fig. 11 in the values of GI and 

GII between the two models, a sensible difference in 

the elapsed number of cycles for a given crack 

growth obviously turns out. 
 

 
Fig. 11. Comparison of a-N values in the case of SLJ 

obtained by CZM and VCCT. 

3.5 Calculation time 

The calculation times are reported in Tab. 3 The 

CZM results on average two-order of magnitude 

quicker than VCCT, with calculation times of the 

order of minutes instead of hours. In the case of SLJ, 

the increase in calculation time is related to the finer 

mesh, but the time required by VCCT is becoming 

so important that high performance computing may 

be needed if the model complexity would increase 

further. 

The origin of this large difference in performance 

between the in-house CZ subroutine and the built-in 

VCCT, both run using the Abaqus solver, can be at 

least partly found in the Direct Cyclic procedure that 

is associated with VCCT in Abaqus. Indeed, this 

procedure requires quite a large number of iterations 

to satisfy convergence on G value. On the other 

hand, relaxing the convergence on G may affect 

the number of cycles to failure in a hardly 

predictable way. 

 
Tab. 3.Calculation time (minutes). 

 
DCB ELS MMELS SLJ 

CZM 186  54 90 57 

VCCT 1012 86 229 1015 

 

Conclusions 

The comparison of the performances of the cohesive 

zone model presented in [12] and the Virtual Crack 

Closure Technique (VCCT) embedded in the 

software Abaqus on mode I, mode II and mixed-

mode I/II loaded cracks in composite assemblies 

yielded the following results: 

 the two models are in good agreement 

concerning Mode I and Mode II conditions and 

also under Mixed-Mode I/II loading concerning 

the total         . However, as the crack 

growth rate (Eq. 1) is strongly dependent on G, 

even a limited difference causes a sensible 

difference in the elapsed number of cycles for a 

given crack growth. Since the element size is a 

compromise between the computation time and 

a simulation with sufficient detail, by just 

decreasing it a better agreement would be found. 

Hence, a general statement whether CZM under- 

or overpredict the strain energy release rate 

outcoming from VCCT cannot be drawn, unless 

further investigations, especially concerning 

mesh size effects, are done. 

 While the modeling effort is a bit higher (need 

of introducing a layer of cohesive elements), 
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CZM results of easier use (no need to identify 

the proper number of Fourier terms and time 

increment to represent cyclic loading). At the 

same time, it results more efficient as the 

computation is 1-2 order of magnitude faster, 

even though run on a less powerful PC. 

Anyway, the origin of this large difference in 

performance can be at least partly found in the 

Direct Cyclic procedure that is associated with 

VCCT in Abaqus. 
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1 General Introduction  

Titanium has good specific strength and corrosion 

resistance at a broad working temperature which 

makes it attractive for use in many aerospace, 

automotive, and biomedical applications. However, 

its high processing cost limits its use greatly. The net 

shape production of powder-metallurgy reduces 

material waste and cost from machining. Ti sintering 

is in current use and shows further potential to 

reduce cost of parts. The use of 1) blended elemental 

Aluminium in reactive Liquid Phase Sintering (LPS) 

of Ti and 2) TiH2 powders enhance densification at 

low temperatures. With the reduction of sintering 

temperatures through enhanced sintering, titanium 

product costs are hoped to be reduced for broader 

industrial application. This current investigation 

aims to achieve fully dense titanium through 

sintering blended elemental Ti/TiH2-Al powders at 

low temperatures, thus reducing processing costs, 

and achieve industrially applicable mechanical 

properties. 

 

2 Theory and Experiments 

2.1 Liquid Phase Sintering 

Liquid Phase Sintering is an enhanced sintering 

method in which a secondary element becomes 

liquid during sintering while the primary element 

remains solid. Densification is enhanced firstly by 

liquid flow and rearrangement and capillary action, 

then also through rapid solid-liquid diffusion, and 

solution reprecipitation. In this investigation, the 

sintering of titanium is of interest, and aluminium is 

used as the secondary liquid phase which is a 

common element in Ti-alloys and melts at a lower 

temperature than normal Ti sintering temperatures of 

approximately 1400⁰C. During sintering atomic 

diffusion will occur at the Ti-Al solid-liquid 

interface to form intermetallics, where TiAl3 has 

been shown to form preferentially in this situation 

[1]. It is predicted that a Ti particle matrix will be 

surrounded by Ti-Aluminide reinforcement forming 

a metallic composite. However, the formation of 

such a composite depends on the diffusion that is 

allowed to occur by the sintering parameters 

designed. 

2.2 TiH2 powders 

TiH2 powders have been shown to dehydrogenate 

during sintering to form a pure Ti final product and 

it is proposed that the exposed active Ti surfaces 

enhance sintering [2]. The hydrogenation of titanium 

makes it brittle and it can be milled to form a fine Ti 

hydride powder. In this investigation TiH2 powders 

are used to help the formation of a dense Ti part at 

reduced sintering temperatures. Depending on the 

size of the powder, during sintering the 

dehydrogenation process can occur at low 

temperatures below 600⁰C [2]. In this investigation 

it is hoped that TiH2 powder can be used as a matter 

of convenience and to enhance sintering at low 

temperatures below 700⁰C. The interaction of the 

simultaneous use of a liquid Al phase will be 

important, because dehydrogenation is expected to 

be nearly complete before the melting of the Al 

phase, and experimentation will be required to see 

the ability of Al to flow through the Ti powder if the 

powder has begun to densify. 

2.3 Experiments 

Ti sponge was hydrogenated at 450-500⁰C under a 

pressurised hydrogen atmosphere until hydrogen 

absorption ceased. The TiH2 sponge was then 

planetary ball milled with a 10:1 stainless steel 

ball:powder mass ratio under a hydrogen or argon 

atmosphere, and handled in a argon glove box. 

Various commercial Al powders from mean 

diameter 12 µm to 86 μm were mixed with Ti or 
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TiH2 powders in a 3D mixer for 30 minutes. The 

powders were then hot-press sintered in a 6mm 

diameter graphite mould in an induction furnace 

under a primary vacuum at temperatures from 600-

700⁰C at 80 MPa for 30 minutes. The percentage 

aluminium was varied at 0, 5, 10, 20 atomic percent. 

 

2.4 Discussion and Results  

The relative densities of the sintered specimens 

using pure Ti powder are compared to those using 

TiH2 in Fig. 1. Under the experimental conditions set 

the Ti-Al specimens densify well at low percentages 

of aluminium. The specimens which use TiH2 

powders densify at 0 at% Al while poor 

densification is seen when pure Ti powder is used. 

XRD results detect no hydride titanium remaining. 

However, because the mechanical properties of 

titanium are sensitive to trace amounts of hydrogen 

the amount of hydrogen should be quantified. 

 

 
Figure 1. Relative densities of sintered Ti and TiH2 

powders with varied atomic percentages of Al. 

 

The microstructure achieved using TiH2 powder 

during the experiments performed show dense Ti 

areas and porous areas surrounded by Ti-Al 

intermetallics, shown in Fig. 2, despite enhanced 

densification.  

 

2.6 Further work  

The final form of the composite and the amount and 

type of intermetallics formed will depend on 

diffusion, and hence, the sintering parameters used. 

Sintering has been performed with consistent 

parameters, and experimental variation of 

parameters will be studied. The detailed chemical 

analysis of the specimens will be carried out to 

evaluate the extent of dehydrogenation during 

sintering and the quantity of impurities. Final 

mechanical testing will be performed to determine 

the mechanical properties of the metallic composite 

formed. 

 

 
Figure 2. SEM micrograph of a sintered TiH2-

20at%Al specimen. 

 

3 Conclusion 

The enhanced sintered methods of LPS and the use 

of hydride titanium during sintering are investigated 

to reduce the sintering temperature and thus cost of 

titanium parts. In this investigation enhanced 

densification has been seen at low temperature, and 

further experimentation is required to achieve an 

optimal titanium specimen.  
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Abstract 

This paper explores the compaction behaviour of 

modern toughened prepeg materials. An 

experimental programme has shown that the 

material compressibility is strongly dependent on the 

initial ply thickness, tools constraints, strain, and 

load history. A micromechanical deformation 

mechanism is suggested to explain the observed 

phenomena. It shows that prepreg compaction can 

be explained in terms of the reconfiguration of inter-

fibre channels.  

1 Introduction  

Fibre deposition and debulking of prepregs in 

automated processes requires sophisticated tuning of 

manufacturing parameters, in order to get a defect 

free component. Resin rich channels, entrapped 

porosity, thickness variation, and fibre path 

deviations present major risks in composite quality, 

particularly for thick components.  

Modern toughened prepregs are complex time-, 

temperature-, and strain rate-dependent systems. In 

the typical temperature range of deposition and 

consolidation used in manufacturing (~30-90⁰C), 

these prepregs exhibit a strong transition in viscosity 

– up to six orders of magnitude [1]. Viscosity 

determines the flow type: the resin can either escape 

from the ply without shifting the fibres (known as 

bleeding or percolation flow), or push fibres 

transversely making the system deform as an 

incompressible fluid (known as squeezing or shear 

flow). The toughened thermosets, within the 

temperature range used, exhibit intermediate 

viscosity, where a concurrent flow pattern is 

observed. The toughened prepregs exhibit features 

typical for both the traditional low-viscosity 

thermosets and the traditional high viscosity 

thermoplastics. 

The flow mechanism at the fibre and ply scale 

determines the ability of the material to deform. In 

pure bleeding the through-thickness compaction is 

limited: it is determined by the ratio of initial fibre 

volume fraction (typically 40-50% after debulking) 

to the maximum fibre volume fraction (typically 70-

75%). In the squeezing medium higher 

compressibility is possible due to the transverse flow 

of material. Understanding the transition between 

these flows is essential. For instance, heating to an 

elevated temperature prior to consolidation may 

forbid the closure of gaps between tows: the resin 

bleeds out rather than pushes fibres into those gaps. 

On the other hand, consolidation at low temperatures 

can require unrealistically high pressure levels to 

achieve a certain thickness.  

The mechanical behaviour of squeezing fluid in a 

flat compaction test is a classical problem. An early 

review of the flow models for prepregs was 

conducted by Hubert and Poursratip [2]. Engman et 

al [3] produced a comprehensive summary of 

squeezing flow models for isotropic fluids. Among 

the rich variety of the available compaction models, 

analytical models present a particular interest for this 

study since they allow for the direct identification of 

material properties (from simple compaction tests). 

The first analytical solution, relating applied 

pressure to thickness for an ideal unidirectional fibre 

reinforced Newtonian fluid under no-slip and zero-

friction conditions, was obtained by Rogers [4]. This 

solution was later generalised to account for ply 

interaction [5], partial slip [6], and rate-dependent 

material response such as a shear thinning power 

law [7]. More complex forms of material behaviour, 

for example the Carreau-type, present a serious 
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challenge for analytical integration [8]. Servais et al 

[9], considering Newtonian and Power Law as the 

limit cases of Carreau and Herschel–Bulkley 

behaviour, suggested a closed form solution for 

stochastically reinforced media. The squeezing flow 

models have been mostly applied to and validated 

against highly viscous thermoplastics such as PEEK, 

PS [7, 8], and PP [9].  

The approaches used for the description of low 

viscosity thermosets are drastically different. 

Typically percolation flow models utilise Darcy’s 

law to describe the movement of resin and the rate-

independent compaction model of fibrous networks 

to link pressure and the fibre volume fraction 

evolution [10, 11, 12, 13, 14]. Hubert and Poursartip 

[11], considering the compaction of prepreg 

saturated with liquid resins, demonstrated that the 

rate independent constituent of material reaction 

(fibre bed response) does not depend on the ply lay-

up and laminate thickness. Commonly used additive 

superposition of viscous and elastic responses leads 

to differential equations, which show gradual 

pressure redistribution from resin to fibre network in 

the course of compaction. An alternative argument is 

defended by Kelly [15] who has demonstrated for 

some material systems, such as short fibres 

impregnated with low viscosity resins, that 

multiplicative stress superposition is better suited for 

the modelling of consolidation experiments. It is 

interesting to note that this idea conceptually agrees 

with the squeeze flow theories, where the apparent 

response of deformed media presents a product of 

elastic and viscous parts. 

Most of the percolation and shear flow models are 

based on incompatible assumptions with regard to 

compressibility, fibre movement, and resin flow. 

Since these models were traditionally applied to the 

different classes of materials the need for a 

transitional model was rarely stated. Yet there are 

distinct experimental data showing that a transitional 

model is needed. For example Hubert and Poursartip 

[16], testing toughened and low viscosity prepregs 

on curved tools with bleed and non-bleed bagging 

conditions. They clearly demonstrated that both 

squeezing and percolation flows can act 

concurrently. Neglecting one or another may lead to 

significant error in thickness estimation. 

This paper sets out to investigate toughened material 

in the state where both flow types are possible, and 

to explore the applicability of different concepts for 

the description of compaction experiments. The 

major question of this paper is the relationship 

between the rate dependent and rate independent 

constituent of a materials response. The available 

data indicates that the transition between bleeding 

and squeezing states is governed not only by 

temperature, and as a consequence by resin 

viscosity, but also by the geometrical parameters of 

the compacted media. Thin and thick plies appear to 

have different compaction limits, different apparent 

viscosity, and different levels of bleeding. Thus the 

paper attempts to summarise the key features of 

compaction of thin and thick plies, and explain the 

observed phenomena based on micro-mechanical 

considerations. The primary purpose of this exercise 

is to form a basis for formulating a pragmatic 

phenomenological constitutive equation at the ply 

level that can be used in modelling of automated 

manufacturing of toughened systems.  

2 Experimental programme 

Investigated parameters 

An experimental programme was undertaken to 

explore material behaviour as subjected to the 

conditions typical for fibre deposition, hot 

debulking, and pre-curing consolidation. In a typical 

automatic fibre placement (AFP) process, multiple 

slit tapes (linear density 12 K, approximately 6-12 

mm in width) are deposited by a soft elastomeric 

roller at up to 1 m/sec [17]. Lukaszewicz and Potter 

[18], taking into account the deformability of a soft 

silicone roller, estimated the contact time between a 

60 mm diameter roller and the material to be 0.03 

sec at the maximum deposition rate. Load applied to 

the roller for nip-point control, may be set at 0-

1000N.Typical values (for a 32 tape head AFP) are  

translated to pressure of 0.1-0.2 MPa [19].  

In the course of deposition the material in front of 

the roller (so-called “nip point”) is heated to increase 

tack at the nip point and so aid deposition quality. 

Once laid down, the deposited material is regularly 

debulked at room or at elevated temperature (30-

90⁰C) to evacuate air and close the tolerance gaps 

between slit tapes. Hence, there are three major 

compaction programs of interest:  
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Transitional behaviour of prepregs in automatic fibre deposition processes 

(1) High speed deposition of thin tapes at 

relatively low temperature and moderate pressures  

(2) Slow debulking of stacked laminates at 

elevated temperature and atmospheric pressure 

(3) Consolidation of thick parts in an autoclave 

at high temperature, high pressure, and low load 

rates 

This experimental program is set to understand the 

material behaviour in the range of varied parameters 

covering all these areas.  

Materials and samples 

Toughened Hexply M21/ T700 prepreg, with an 

areal density of 294 gsm (nominal ply thickness 

200-250 µm) was chosen for testing. M21 is a high 

performance resin system designed by Hexcel for 

aerospace structures, with a focus on post-impact 

performance. The morphology of this material was 

previously characterised in detail by Lukaszewicz 

and Potter [20]. 

To explore size effects, unidirectional (UD) and 

cross-ply (CP) samples were prepared. UD samples 

present a simple 15 by 15 mm block of 18 plies 

stacked in the same direction. The purpose of using 

CP samples is to investigate the flow of isolated 

plies and to represent the ply interaction conditions. 

The major concern of testing simple square shape 

CP is the loss of material from underneath the 

pressurised area as the plies are squeezed in 

perpendicular directions and load is only transmitted 

through the area shared by neighbouring plies. To 

enable a consistent comparison between CP and UD 

configurations, the CP samples were modified so 

that ‘short’ 90 plies alternated with ‘long’ 0 plies, 

Figure 1. The benefit of this arrangement was in the 

fact that the 90 plies were homogeneously loaded 

over all the expanding area, since ‘long’ 0 plies 

transfer the load through the thickness. As a result, 

CP samples represent behaviour of thin constrained 

plies whereas the UD samples show the deformation 

of thick non-constrained system. For brevity the CP 

and UD samples are referred further as “thick” and 

“thin” sample although the nominal sample 

thickness, and consequently the resolution of 

displacement measurements, is the same. 

 

 

Figure 1. Cross section view of compacted cross-ply 

prepreg with alternating long and short plies 

Plies were cut from feedstock material using a B&W 

Genesis 2100 and lay-up was undertaken in standard 

clean room conditions following standard lay-up 

procedures. During lay-up a 10 minute debulk cycle 

was employed every four plies, aiming to minimise 

any possible inter-ply error associated with initial 

sample roughness and entrapped air. Special care 

was taken to avoid closing the gaps between the 0 

plies in CP samples during debulking by inserting 

paper interleafs of approximately the same thickness 

as the plies. The initial fibre volume fraction for the 

tested samples was estimated to be in the range of 

43-53%. 

Test program 

Samples were tested in Metravib 2000 Dynamic 

Mechanical Analyser, following a flat iso-thermal 

load-controlled compaction programme as described 

in [21]. Samples were loaded in two regimes: a slow 

monotonic loading, and a ramp-dwell regime where 

the fast application of load is followed by long creep 

intervals. In both these cases samples were loaded to 

60 N in 1200 seconds, although the ramp-dwell 

program included five steps with the increment load 

of 10 N starting with 20N at the first step. Due to 

peculiarities of the DMA machine, the load rate 

during rampingis not uniform. At the ramp onset the 

load rate reaches 24.5 N/s which for the given 

sample dimensions translates to ~0.1 MPa/s which is 

comparable to the load rates seen in AFP deposition. 

At 0.83 seconds the load reaches 70% of the dwell 

level and it then takes another 4-7 seconds to 

approach the pre-set value in an asymptotic fashion. 

Once the load application is levelled offit is kept to 

±0.37% variation of the defined level. The time 

interval for the creeping at the pre-set dwell was set 

to be 240 seconds.     

Correction to machine compliance was made when 

processing the experimental results. An additional 

correction was needed to take into account of high 

uncertainty of the initial thickness. Assuming that 

elastic deformations are very small compared to 

irreversible ones, the displacement-force curves 
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were shifted to match sample thickness as measured 

immediately after the test.  

To measure the transverse expansion of plies in CP 

samples, the tested samples were cured with no 

applied pressure, then cross-sectioned and polished. 

The final width of each ply was measured using 

optical microscopy. The results of width 

measurements are only indicative due to the fact that 

considerable scatter between the expansions of 

individual plies was observed.  

A thin resin release film was applied between the 

DMA loading plates and the samples. This film 

minimises friction which leads to different 

constraints experienced by thick blocks (close to 

zero friction) and thin plies constrained by 

alternating plies of transversed fibre  direction (close 

to no-slip).  

Results and key experimental observations 

Transverse widening and through-thickness 

compaction 

Comparing the post-compaction thicknesses and 

widths, and neglecting the elastic response (if any), 

the incompressibility assumption can be judged. 

Figure 2 shows different deformation patterns for 

thin-isolated (CP) and thick-blocked (UD) samples. 

The CP (thin) samples showed no significant 

widening with the transverse expansion of the same 

order of magnitude as experimental scatter. By 

contrast UD samples show significant widening 

above 40%. The largest through thickness 

deformation of a UD sample can be seen to take 

place at 70C.    

a)  

b)  

c)  

Figure 2. a) Relative expansion of UD and CP samples 

ply widths, as measured and estimated based on thickness 

measurements and the incompressibility assumption; b) 

Cross sectional view of a UD sample compacted at 70°C; 

(c) Top view of a CP sample tested at 80°C. 

UD samples are clearly incompressible up to 60-

70C, which approximately corresponds to the 

observed onset of resin bleeding and clear traces of 

resin being squeezed out along the fibres are 

detected at the sample edges, Figure 2b.  

Compaction limit 

Figure 3 shows thickness-time diagrams, and 

demonstrates that at sufficiently high pressure and/or 

temperature, a certain apparent compaction limit can 

be reached. Every consequent step generates less 

displacement increments both on ramping and 

dwell/creep stages. This trend is much more explicit 

at higher temperatures (60-90C). The observed 

deformation pattern of UD samples suggested that 

compaction limit is independent of resin viscosity, 

and that even at low temperatures the samples can 

approach a compaction limit if sufficiently high 

pressure is applied. The presence of such a limit 

could be interpreted as a rate-independent (elastic) 

constituent of the material response. However, the 

compaction limits of the thick-blocked and thin-

isolated samples appear to be drastically different 

(10% v’s 40% deformation), even above the 

bleeding-squeezing transition. This does not agree 

with the elastic nature of the compaction limit and 

thus an additive superposition of elastic and 

viscoelastic constituents appears to be inapplicable 

for this case.   

Measurements of transverse widening clearly 

indicated that through-thickness compaction 

response is related to the ability of the material to 

flow transversely. Isolated plies in CP’s exhibited 

much less capacity for in-plane expansion, and 

hence cannot be deformed as easily as the thicker 

preforms. 
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Figure 3. Thickness evolution in the ramp-dwell program 

for UD- 18-ply samples, CP - with thin isolated 

expanding plies. The same level of applied force is 

reached at the end of the program for all the samples. 

The squeezing fluid theory predicts strong 

inhomogeneity of strain rate distribution in no-slip 

plate-sample conditions and, as a consequence, the 

strong dependence of the apparent viscosity on the 

sample dimensions (width-to-thickness ratio).  Thin 

samples were found to be two orders of magnitude 

times less viscous than thicker ones. Yet the 

viscosity alone, does not explain the convergence of 

the compaction curves to a particular limit values. 

The flow theory does not foresee any compaction 

limit other than the case when sample thickness 

approaches zero and the apparent viscosity becomes 

infinite. This observation evidences that the 

transverse flow has a strain limiter. This limit 

appears to be constraint and thickness dependent.  

History and strain-rate effects  

The compaction experiments clearly showed the 

history and strain-rate dependence. Figure 4 

summarises the pressure-thickness curves for the 

samples loaded slowly and the samples loaded in a 

ramp-dwell (hit-creep) fashion. The total time of the 

experiments and average load rate are the same, but 

n there is a dramatic difference in both the transverse 

expansion and the through-thickness compaction of 

these samples. These observations point towards the 

shear thinning nature of prepreg behaviour. The 

strain rate at the ramp intervals of the step loading 

samples was much higher than the strain rate during 

monotonic loading. Low viscosity at the ramps 

promotes transverse squeezing flow, and as a result a 

much higher through-thickness deformation than in 

the case of slow loading. This effect is explicit for 

UD (thick) samples and much less pronounced for 

the CP (thin) ones.  

 

Figure 4. Comparison of thickness evolution in ramp-

dwell and slow monotonic loading programmes. The total 

time for the test, and the average load rate, is the same for 

all the samples.  

Apparent viscosity 

In order to explore major trends in viscosity 

evolution, the experimentally measured force-

thickness curves were transformed into strain-rate: 

real-stress dependencies. The experimental 

thickness-time )(th curves were approximated by 

the Prony series at each ramp-dwell intervals (5 

terms, 95 % confidence interval). The obtained 

functions were analytically differentiated and then 

the logarithmic strain ( h ), strain rate ( h ), and real 

stress ( ) functions were calculated using the 

following relationships:  













0

ln
h

h
h  

h

h
h


      

0

exp

lw

F h   (1) 

where 0w  is the initial width of samples (across the 

fibre direction), l  the sample lengths (along the 

fibre direction), and F  the applied force. The 

apparent viscosities a  were then calculated for two 

incompressible Newtonian fluid under two 
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conditions: (a) zero-friction: 
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1
  and (b) no-

slip: 
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 h
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 [4]. Figure 5 

shows the results of this data conversion. 

 

 

Figure 5. Apparent viscosity evolution of thick UD stacks 

during four cycles of the ramp-dwell loading, defined for 

(left) zero-friction thick plies, (right) no-slip thing plies. 

Curve thickness is proportional to the test temperature 

(30-80C). The 90C UD sample is excluded due to a 

singular spike in the viscosity at the third step.  

From Figure 5 it is clear that the material exhibits a 

pronounced strain-rate dependent viscosity. After a 

peak in strain-rate during the ramping phase the 

strain decelerates and the viscosity grows 

considerably towards the end of the dwell interval. 

Apart for the first step, viscosity evolution of the 

samples tested at 30-60C follow a characteristic 

trend: fast growth in ramp and slow down to the end 

of dwell. It can be seen that viscosity drops as the 

test temperature grows. At 70-90C (and at the forth 

step of 50-60C) the trend suddenly changes. The 

viscosity start to grow in an asymptotic fashion; for 

example the apparent viscosity of the 80C sample 

approaches the viscosity of the 30C one. At 90C a 

singular spike (constant stress at zero strain rate) 

occurs at the third step, i.e. elastic response – zero 

strain rate at non-zero stress.    

Even though the squeeze compaction model 

explicitly accounts for size effects, the comparison 

of the apparent viscosity of UD (thick) and CP (thin) 

plies show differences by two orders of magnitude. 

This suggests that the theory of squeezing fluid 

cannot adequately describe thin and thick samples as 

the same material.   

Summary 

The experiments show that classical visco-elastic or 

(non-) Newtonian squeezing fluid models demand 

different input properties for thick and/or thin 

laminates. In order to better describe the compaction 

limit phenomena and the scale-effects, a new model 

is needed, and has to: 

(1) describe samples of arbitrary thicknesses by 

the same governing equation (s) 

(2) explicitly include the geometrical size 

effects in the formulation 

(3) capture the compaction limits both for 

squeezing and bleeding material states 

(4) incorporate criterion for the switch from 

squeezing to bleeding flow 

(5) take into account the stain-rate dependency 

(6) utilise the constants identifiable in 

conventional rheological tests 

(7) be at the ply scale, and be designed for the 

finite elements of a ply dimension 

The next section presents an effort to address some 

of these challenges, by considering the 

reconfiguration of inter-fibre channels. The 

compaction limit is explained by the fast rise of the 

effective viscosity associated with the closure of 

inter-fibre channels. These structural considerations 

can give grounding for a convenient 

phenomenological formulation of a material model 

at the ply scale.  

3. Analysis 

Ply scale deformations 

Distribution of the squeezing media deformations 

with no-slip boundary conditions is not 

homogeneous. Shear is the dominant deformation 

mode at the ply-tool interface close to the expanding 

ply edges, but it decays to zero at the ply mid-plane 

due to the deformation symmetry. At the laminate 

mid-plane the material is subjected to pure 

hydrostatic compression, and the maximum in-plane 

extension and through-thickness contraction 

deformations take place in the centre of the samples 

cross-section.  

As follows from the analytical solution for 

squeezing incompressible Newtonian media [4], the 

through-thickness strain rate is a quadratic function 
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with through-thickness coordinates and the shear 

strain rate is a bi-linear function with cross-sectional 

coordinates. The maximum shear rate at the edges 

( max ), and maximum through-thickness strain at the 

bulk of material ( max ), can be expressed in terms of 

the applied strain ( h ) as follows: 

No-slip: 
h

w
h  3max     h 

2

3
max     (2) 

Zero friction: 0max      h  max  (3) 

where h  is the current thickness of the squeezing 

medium, and w  the sample width. On suggesting 

that there is an internal mechanism to block or slow 

down the resin flow, upon reaching a particular 

value of strain then, integrating (2) and (3) over time 

gives the values of applied strain at locking onset 

(
l

h ): 

No-slip:












 11

0

0

3

2
,1

3

2
lnmax 

w

hl

h     (4) 

Zero friction: 1 l

h      (5) 

where 00 , wh   are the initial thickness and width of 

squeezing medium respectively, and 1  and 1  are 

the shear and through-thickness strain at which the 

locking begins. This expression shows that to 

achieve a particular level of strain in a no-slip flow, 

the thick and thin laminates must undergo different 

shearing at the flow front.  

Sketch for squeeze-bleed switching mechanism 

Consider a hypothetical structure where fibres are 

arranged in a perfect rectangular grid as Figure 6a. 

The major purpose of this geometrical sketch is to 

capture the evolution of the average dimensions of 

inter-fibre channels. In reality the regularity of the 

structure is a very strong simplification of real world 

states as the position of fibres in  real architectures 

are more random and this may carry important 

mechanical implications such as inter-fibre friction.  

Consider a volume subjected to the maximum shear 

in the vicinity of the sample edge. At some 

deformation level the reconfiguration of the fibre 

position will close the inter-fibre channels. The 

fibres (initially placed diagonally with respect to 

each other) come into contact and so form a column 

locking-in the shear driven flow, Figure 6b. To 

impose further shearing, a massive inter-fibre 

friction between every single fibre in the structure 

must therefore be overcome. Equally when 

neighbouring fibres approach each other the squeeze 

flow of resin between them causes a rapid increase 

in the stress required to push the fibres further 

together. In either case the material appears to be 

locked-out to further extensions of shear flow. 

 

Figure 6. Shear-driven squeezing (b) and bleeding (c) of 

fibres initially packed in an idealised square grid (a). 

Due to the inhomogeneity of the through-thickness 

shear, lock-out at sample corners will trigger a 

cascade of shear-locking through the sample 

thickness. It can be described as the process of 

reduction of deformable volume. Once the entire 

flow front is shear locked, there can be different 

scenarios encountered. If resin viscosity is high, 

build-up pressure may lead to explosive fibre jet-out 

as observed for thermoplastics by Barnes and 

Cogswell in the compaction of carbon-reinforced 

PEEK [22]. For moderate viscosity resins, flow 

directions may be reoriented. Resin bleeding also 

causes a drop in pressure and so a reduction in shear 

force at the flow front. For low viscosity resins, 

bleeding may cover the entire deforming volume, 

including the flow front. In this case reversed fibre 

movement may be encountered, Figure 6c. Flow 

continues until the next locking configuration stops 

the flow-driven deformations, and the second 

locking configuration occurs when all the fibres are 

fully engaged in a friction-based contact. 

The experiments conducted on the toughened 

prepreg show that resin bleeding occurs both along 

the fibres (Figure 2b) and on the sample edges 

across the fibres (Figure 2c). The edge bleeding 

evidence is in favour of the likelihood of 

deformation sketch. In the no-slip condition the flow 
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theory predicts maximum hydrostatic pressure at the 

bulk of the deforming media and negligible pressure 

at the edges, hence the bleeding at the ply edges may 

be driven by the reconfiguration of fibres. 

Locking configuration appears to occur when all the 

fibres are in aligned contact. Simple geometrical 

considerations allow for the estimation of critical 

shear angle and through-thickness strain in this 

condition. For the initially square alignment: 

k2
2

tan 1 


  k2ln1    (6) 

where 


0v
k  , 11

2



  , 1 is the shear angle 

at the locking configuration, and 1 is the local 

logarithmic through-thickness strain in the locking 

configurations. For the initial fibre volume ( 0v ) of 

40-50% 1 is in the range of 61.4÷54.7 and 1  is -

33.7÷-22.6% correspondingly. Combining Equations 

2-3 with 6 allows for the estimation of the locking 

onset for various constraints. Table 1 shows the 

locking strains for zero friction thick, and no-slip 

thick or thin samples. It is interesting to note the 

substantial difference in the locking onset between 

zero-friction thick and no-slip thin results. 

Table 1. Calculated locking strain (
l

h  (%)) for 

considered samples from the experimental programme. 

0v ,% 0.4 0.5 

Zero-friction. Thick -33.7 -22.6 

No-slip. Thick -9.5 -8.5 

No-slip. Thin -0.6 -0.5 

These estimates are of a qualitative nature only and 

should not be considered actual predictions – due to 

the fact that the obtained values depend on an 

uncertain initial fibre volume fraction, and the 

orientation and packing configuration of fibre grid. 

However, no matter what fibre configuration is 

considered it shows the same feature: a dramatic 

difference of 
l

h  for various constraints and ply 

thicknesses. Note that thin laminates will reach shear 

locking much earlier than in thicker ones. It is 

expected that upon locking the material behaviour 

will drastically change due to friction dominated 

responses, elastic deformation of fibres, or bleeding. 

In any of these cases the transverse widening of plies 

will be slowed down or even totally stopped. 

Experiments on thick laminates show that transverse 

deformations for bleeding materials of various 

viscosities do not exceed ln(1.4) = 33.6%; whereas 

for thin laminates widening is negligible. The 

estimates shown in Table 1 of zero-friction thick 

samples versus no-slip thin samples fundamentally 

agree with these observations. 

Effective viscosity 

To understand the mechanical aspects of the fibre 

interaction, micro-scale mechanics can be employed. 

Hjellming and Walker [23] have developed an 

analytical solution for squeeze flow of a Newtonian 

matrix between closing fibres at high fibre volume 

fractions. Their approximate solution, obtained by 

asymptotic expansion, can be written in terms of 

true-stress - log-strain as follows: 

 

   





 



 

2/3

2exp

2exp~

k
   (7) 

where 
4/36~  km ,    is the resin viscosity, 

   is the strain rate of fibre closure,   is the 

contraction of inter-fibre space, and    is the force 

acting perpendicular to the closing fibres normalised 

by the true area of the unit cell cross-section drawn 

along the fibres and perpendicular to the force 

action.  

Consider again the incompressible shear of the fibre 

grid (Figure 6). It results in the extension of one 

(positive) grid diagonal and the contraction of 

another one (negative). The contraction of the 

negative diagonal will force the resin out of the 

inter-fibre space, generating the force acting 

perpendicular to the positive diagonal. Expressing 

the rate of diagonal contraction and stress through 

the shear-rate/shear stress, and neglecting other 

stress factors, gives an estimation of the effective 

viscosity: 

 

   2/3

2exp

2exp~22
k

eff



























 (8) 

Equation 8 shows that the effective viscosity 

depends not only on the fibre volume fraction but 
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also on the degree of deformation. Thus when fibres 

approach the locking configuration the viscosity 

becomes singular.  

For thin plies in the no-slip condition, after locking 

starts the shear locked zones occupy the corners of 

the flowing media. The central zone of material is 

shear free because of flow symmetry. Due to the 

singular increase in viscosity, the locking rapidly 

progresses towards the midline of the sample and 

blocks further flow. For thick samples with a zero-

friction constraint the situation is inherently 

different. Locking starts in the bulk of the sample 

and progresses outwards towards the edges. As 

locking progresses resin bleeds out along the fibres, 

releasing pressure in the sample bulk. This results in 

the decay of transverse expansion as can be seen in 

isolated plies in CP samples. 

Phenomenological approximation of material 

behaviour 

Due to the observed complex dependency of 

viscosity on strain, an analytical solution for squeeze 

flow is out of reach even for Newtonian fluids. 

Robust modelling of the material hardening is 

beyond the scope of this current paper and so will 

not be discussed here. Instead, based on structural 

considerations, an approximation of the effective 

material response is suggested. To enable this it is 

assumed that geometrical locking occurs almost 

instantaneously over the sample thickness. 

Following the proposals of Kelly [15] (about the 

multiplicative superposition of elastic and viscous 

material responses), the apparent viscosity is 

presented as the product of strain rate (  hr   ) and 

strain dependent terms. The latter is decomposed 

onto the fibre-scale term - the effective viscosity 

(  eff ) (8), and the ply scale term - the apparent 

viscosity of transverse flow (  ha  ): 


h




     hrhaheffM     (9) 

Figure 7 shows that for a given temperature  hr   , 

calculated for different steps of ramp-dwell loading, 

constitute a single strain-rate function. For the 

simple assumptions used to process the data the 

agreement between the viscosity profiles at different 

steps is satisfactory. The obtained curves follow a 

power law dependency and represent the material 

shear thinning properties of the considered medium. 

Combined with the strain dependent functions, they 

can reasonably describe the material behaviour up to 

the moment of locking onset. Upon fibre locking and 

consequent bleeding, the material behaviour changes 

and different relationships are needed to address the 

problem. This behaviour needs to be explored using 

a structural model showing the progression of fibre 

locking and pressure redistribution associated with 

this process. 

 

Figure 7. Strain-rate dependent constituent of the 

viscosity. The curves are based on the measurements of 

blocked UD plies processed as 
    hhaheff 




. 

Conclusions 

The investigations of this paper show that a new 

formulation of the prepreg material model in 

compaction is needed. For example, even prior to 

bleeding the modern prepreg material can show 

important features which are hardly covered by 

standard squeezing flow models.  

One of the key experimentally observed phenomena 

is the compaction limit. Its nature is different from 

what is known for low viscosity prepregs. The rate-

independent constituent of the material response is 

not necessarily elastic in nature. As the experimental 

results suggest, it can be efficiently described by a 

strain-dependent viscosity model. Simple micro-

mechanical considerations give a basis for the 

geometrical interpretation of this dependency, and as 

a result, sensible thresholds for the widening of 
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samples with various thicknesses and tool 

constraints can be obtained.  

The compaction limit determines the onset of 

bleeding, and so a step change in material behaviour 

at various scales. This process is complex and more 

needs to be done to understand its mechanics. 

Preliminary results have indicated that modelling of 

inter-fibre channel reconfigurations may be a 

promising approach in which to proceed with.   
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  

 

Polymer foams of low density such as 

polyurethane and polystyrene foam are formed 

closed cell or open cell by using foaming agent, 

flame retardants, cross linking agents and surfactants. 

However, blowing agents have been found to cause 

ozone depletion in the upper atmosphere. [1]. 

furthermore, the commercial polymer foams 

generated toxic gases during combustion so it was 

limited the use [1-3]. Recently, to solve the problem, 

the studies about thermal insulation foams using the 

phenolic resin are proceeded. 

The phenolic foam has high strength, excellent 

flame resistance, and low generation of toxic gases 

during combustion. The phenolic foam has high self-

ignition temperature of 480˚C and high thermal 

stability over a broad temperature range, maintaing 

performance and stability from -196˚C to 200˚C. So 

it has led to a broad range of applications as an 

insulating material. [4-5]. However, the phenolic 

foam applications are limited by their inferior 

mechanical strength and high thermal conductivity 

compared with other polymer foams. They has 

rarely been used as a sandwich structures because 

the phenolic resin make it more difficult to control 

the cell morphology. [5-7]. 

The foams were characterized to determine their 

densities, cell sizes, and cell shapes. So the 

properties of the phenolic foam are improved by 

controlling the cell uniformity and the cell 

morphology [8-11]. Many studies about polymer 

foam have focused on the improvement of properties. 

First, several studies to increase of properties have 

reported by increasing the cell density and 

decreasing the cell size. Nemoto et al. prepared the 

nano-micro cellular foam from a 

poly(propylene)/propylene-ethylene copolymer 

blend by controlling the viscoelasticity and CO2 

solubility [12]. Song et al. studied the effect of 

viscosity on aluminum structure, pore distribution 

and pore diameter [13]. In other study to improve 

the strength and stiffness of polymer foams, 

different kinds of organic and inorganic fillers were 

used [14-19]. Desai et al. have shown that 

mechanical properties of phenolic foam are 

improved by adding 1:1 ratio of glass to aramid fiber 

[14]. Also, carbon nanotube and graphene are widely 

used in polymer foams as filler due to their 

outstanding physical properties. Zhang et al. found 

that the strength of foam with multi wall carbon 

nanotube (MWNT) and functionalized MWNT are 

increased about 73%, 74%, respectively [15]. Chen 

et al. showed that the closed cell of PMMA foam is 

fabricated by adding the MWNT and their 

mechanical properties are increased [16]. In addition, 

many studies are investigated the effect of 

improvement of mechanical properties by preventing 

the crack propagation and increasing interaction 

between matrix and particle [17-19]. Several studies 

about particles reinforced polymer foams are 

explained the mechanical properties according to 

changing of cell morphology. However, the analysis 

about the effect of particle to cell formation is rare. 

Cell formation during the foaming process of the 

resin is influenced by cross linked of polymer, 

viscosity and filler.  Optimal viscosity of the resin 

controls the expansion of the resin in foaming 

process. Accordingly, the cell morphology and cell 

uniformity are influenced by viscosity [13]. When 

the foam has large specific surface area, the foam 

has excellent performance as thermal insulation 

foam. And it has great thermal stability by low 

thermal conductivity. Total thermal conductivity in 

polymer foam is the sum of the conductivities of 

both the gas and solid [15-16]. Radiative heat 

transfer happens through cell walls so many small 

cells will transfer. The cell morphology has a larger 

impact to determine the mechanical and thermal 

poperties than just changing the density.  

In this work, the particle reinforced phenolic 

foams are prepared by microwave foaming process 
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to improve the thermal performance. To solve the 

extremely friable properties of the phenolic foams, 

the effect of the particles on the cell formation was 

investigated. To obtain the optimal cell morphology, 

different shape of particle such as Multiwall carbon 

nanotube (MWNT) and graphene was added with 

the different weight fraction in phenolic resin, and 

cure monitoring was performed to find the proper 

foaming point by using a dielectric sensor. The cell 

morphology was estimated by foam density and 

porosity, and SEM topographies were investigated to 

confirm the cell morphology. Compressive tests and 

thermal conductivity tests were performed to 

investigate effect of cell morphology on the 

mechanical and thermal properties. To evaluate the 

thermal stability, TGA was performed to estimate 

the weight loss as temperature increases. Using the 

measured material properties, the optimal foaming 

condition was suggested.  

 

2. Materials and experimental  

 

2.1 Materials 

Resole-type phenolic resins, OG-5000 

(Kangnam Chemical Co., Korea) was mixed with 

acid catalyst, PTSA 65% (Kangnam Chemical Co., 

Korea). The multi-wall carbon nanotube (MWCNT), 

(5MWCNT),bon nanotubehemical Co.graphene 

(500    , Hanwhananotech, Korea) were used for 

the purpose to control the cell morphology. 

 

2.2 Cure monitoring 

In our previous work, the foaming point through 

cure monitoring of phenolic resin was applied 

according to degree of cure to obtain the optimum 

cell morphology. From the result, the phenolic foam 

fabricated by applying the microwave at the cure 

starting point was successfully improved thermal 

and mechanical characteristics of the phenolic foams 

[20].  

 Based on the previous results, cure monitoring of 

the particles reinforced phenolic resin was 

performed to decide the cure starting point with 

respect to the particle type and weight percent (wt%) 

at room temperature (20C). 

MWCNT and graphene were applied to the phenolic 

resin at different weight fractions of 0.5, 1.0, and 2.0 

wt%, respectively, and their effect on the cure 

reaction of the phenolic resin was monitored. Each 

samples were labeled with respect to the particle 

type and weight fraction as shown in Table 1. To 

estimate the degree of cure of the phenolic resins in 

accordance with the aging time after mixing the 

phenolic resins and accelerators using an impeller, a 

dielectric sensor (Lacomtech, Republic of Korea) 

and a K-type thermocouple (TT-K-30, OMEGA, 

USA) were used to measure the dissipation factor 

and the temperature, respectively. The dissipation 

factor D was measured in the phenolic resins using a 

commercial dielectrometer (ELC-133A, Escort 

Instruments Corp., USA) using a 1 kHz alternating 

current. At least three specimens were tested for 

each sample type to determine the repeatability of 

the results. 

Table 1. Sample naming of the particles reinforced 

phenolic resins 

CP 0.5 
0.5 wt% 

MWNT 
GP 0.5 

0.5 wt% 

Graphene 

CP 1 
1 wt% 

MWNT 
GP 1 

1 wt% 

Graphene 

CP 2 
2 wt% 

MWNT 
GP 2 

2 wt% 

Graphene 

The isothermal differential scanning calorimetry 

(DSC), (Q20, TA Instruments, USA) experiments 

were carried out at room temperature (20C) to 

compare with cure monitoring results by using the 

dielectric sensor. All the samples were ramped from 

15C to 25C with a heating rate of 5C/min 

followed by holding at 25C for 50 min. This 

procedure is similar to the dielectric cure monitoring 

condition in the phenolic curing process. 

 

2.3 Foaming process 

 The microwave foaming was performed using 

the following three steps: (1) mixing the resole and 

accelerators with or without the particles using an 

impeller at 500 rpm for 3 min; (2) aging the mixture 

under constant room temperature to control the 

initial degree of cure before microwave foaming; 

and (3) foaming by microwave using an effective 

intensity per unit mass of 12 kW/kg at 2.4 GHz and 

de-molding as shown in Fig. 1 [20]. Aging time 

before microwave foaming was determined by the 

cure monitoring results of each samples. 

 

2.4 Characterization 

 

2.4.1 Foam density 

The foam diameter and length to measure the 

foam density are 75 mm and 130 mm, respectively. 

The specimens are dried at 80C for 2 h to remove 

the internal moisture before measuring the mass. 

ICCM19 1393



 

3  

PAPER TITLE  

In practice, the density (kg/m
3
) of plastic foams is 

calculated as the ratio of specimen mass m to 

geometrical volume V as shown in the following 

equation: 

 

 
 

Density of the solid specimen fabricated using 

phenolic resin was also measured to calculate the 

porosity of the phenolic foams. 

 

2.4.2 Porosity  

 Porosity of the phenolic foams with respect to 

the test variables was calculated using the following 

equation: 

 

 
 

where s and f are the previously measured 

solid density and foam density, respectively.  

 

2.4.3 Compressive test 

To evaluate the possibility of whether the 

prepared phenolic foams can be used for building 

materials, such as sandwich cores and insulting 

foams, a uniaxial compression test was conducted to 

measure the compressive strength. The cylindrical-

shaped specimens of 16.0 mm in radius and 32.0 

mm in width were fabricated using cylindrical 

acrylic mold. 

The compressive strength of the each sample 

with respect to the test variables was measured 

according to ASTM C 365 using a computer-

controlled material testing system (4206, INSTRON, 

USA). To remove the water content, the specimens 

were dried at 80C for 2 h before the test. The 

crosshead speed of the test was 0.5 mm/min. 

 

2.4.4 Thermal conductivity 

The thermal conductivity was measured using a 

hot-wire method based on the DIN 51046. To 

measure the thermal conductivity using the hot wire 

parallel technique, a constant electric current was 

applied throughout the nichrome wire (0.6 mm in 

diameter). The cylindrical-shaped specimen of 75 

mm in diameter and 130 mm in length was initially 

placed. 

A constant electric current with a 0.9 V voltage 

was continuously applied to the specimens, and the 

temperature was measured using the thermocouple 

at time intervals ranging from 80 to 180 s. Using 

these data, the basic thermal conductivity was 

calculated with following equation [21]: 

 

 
 

2.4.5 Thermal stability 

Volatility measurements were carried out by 

thermo-gravimetric analysis (TGA), (Q600, TA 

instruments, USA). During the TGA experiments, 

the 4.0g sample test specimens were heated between 

temperature ranging from 40C to 600C at 

20C/min under a oxygen environment.   

 

3. Result and discussion 

 

Fig. 1 illustrates the dissipation factor and 

temperature of the phenolic resin during the cure 

𝜌 =
𝑀

𝑉
=

𝑘𝑔

𝜋𝑟2ℎ
=

𝑘𝑔

𝑚3
                     (1) 

P =  
𝜌𝑠 − 𝜌𝑓

𝜌𝑠
 × 100%                2  

 𝑘 =  
𝑞′

4𝜋
 ×  

𝑙𝑛(
𝑡2
𝑡1

)

𝑇2 − 𝑇1
                         (3) 

Fig. 1 Dissipation factor and temperature profiles of the neat phenolic resin and the particle reinforced 

phenolic resins at room temperature. 
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reaction at room temperature with respect to the 

particle type and weight fraction, and each graph 

shows the results of the representative specimen 

whose cure starting point is the closest to the 

average value of the three specimen in each test 

variable shown in Table 2. The cure starting point 

presented in each graph was determined as the 

inflection point at which the second derivative of the 

dissipation factor was zero (d
2
D/dt

2
=0) [22].  

Table 2. Cure starting point of neat phenolic resin 

and the particles reinforced phenolic resin. 

Sample Cure starting point (min) 

NP 11.58 

CP 0.5 21.53 

CP 1 15.96 

CP 2 18.31 

GP 0.5 19.54 

GP 1 19.23 

GP 2 19.33 

Phenolic resin reinforced with the particles 

showed low dissipation factor compared to the neat 

phenolic resin because the dipole and ion mobilities 

were restricted due to relatively high viscosity of the 

particle reinforced phenolic resin [23]. Also the 

temperature at the cure starting point and the peak 

temperature of the particles reinforced phenolic 

resins were lower than those of the neat phenolic 

resin. This means the cure reaction of the particles 

reinforced phenolic resins progressed under lower 

temperature compared to the neat phenolic resin. 

Graphene reinforced phenolic resin showed 

similar cure starting point regardless of the particle 

fraction as shown in Table 2, but MWNT reinforced 

phenolic resin showed a little different cure starting 

point with respect to the particle weight fraction. 

The CP0.5 showed the latest cure starting point, 

while the CP1 showed the fastest cure starting point.  

In case of the CP0.5, dispersaibility is relatively 

higher than the other MWNT reinforced phenolic 

resins due to the small particle contents so that the 

cure retardation effect of the MWNT on the cure 

reaction was more remarkable than the other 

samples. Cure reaction was delayed again at the 

CP2.0 sample, and this means that the effect of the 

increasing viscosity by high particle contents on the 

dipole and ion mobilities comes to be dominant 

rather than the effect of the dispersability. 

DSC results were checked to confirm the cure 

behaviors of the particle reinforced phenolic foams 

derived from the dissipation factor. Fig. 2 shows the 

curing of the neat phenolic and the particles 

reinforced phenolic resins. The thermograms 

demonstrated typical isothermal behaviors in the 

cure of thermoset polymers. It was found that the 

particles reinforced phenolic resins with high weight 

fraction are slightly slower in reaching the 

exothermic peak than the neat phenolic and the 

particle reinforced phenolic resin with low weight 

fraction. To take a better look at the initial curing, 

the thermograms during the first 10 min are 

presented in Fig. 2(b) and indicated that the neat 

phenolic resin exhibited a higher exothermic curing 

peak than the particles reinforced phenolic resin, 

which is consistent with the result from dissipation 

factor and temperature measurement results. The 

two kinds of particles investigated here showed a 

difference in the initial curing stage as evidenced by 

the initial curing slopes and exothermic peak heights.  

Table 3. Total heat reaction (Δ    for isothermal 

scanning at room temperature (25˚C)  

Sample Δ   (J/g) 

NP 3.361 

CP 0.5 2.997 

CP 1 2.528 

CP 2 3.098 

GP 0.5 3.105 

GP 1 2.961 

GP 2 2.894 

Table 3 shows total heat reaction (ΔHT) for 

isothermal scanning at room temperature (25˚C). 

The enthalpy data confirmed that the addition of the 

particles in the phenolic resin hindered the cure to a 

certain degree. 

Fig. 3 shows the density and porosity of the 

phenolic foams fabricated by microwave at the cure 

starting point shown in Table 2. Densities of the 

particles reinforced phenolic foams were lower than 

that of the neat phenolic foam as shown in Fig. 3(a). 

In case of the solid phenolic, density was decreased 

by addition of particles due to the internal void 

generation induced by the particle aggregation. 

Porosity of the phenolic foams calculated from 

measured solid and foam densities shows similar 

tendency with the foam density. CP1 shows the 

highest porosity in the MWNT reinforced phenolic 

foams, but it is slightly lower than GP2.  

Fig. 4 shows SEM topographies of the phenolic 

foams with respect to the particle type and weight 

fraction. Generally, polymer foams without any   
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(a) 

 
(b) 

Fig. 2 Isothermal DSC curve of the neat phenolic 

and particle reinforced phenolic resins: (a) 

isothermal scanning at 20˚C for 50min, (b) initial 

curing from 0 to 10 min 

pressure during the foaming process show the 

anisotropic cell structures because the resin with 

foaming gases move to the top surface along the 

molding wall as the foaming process proceeds. The 

particles reinforced phenolic foams, however, show 

the entirely round cell structures and smaller cell 

size compared to the neat phenolic foam as shown in 

Fig. 4 (b)-(g). CP1 and GP1 show thinner cell wall 

and small and uniform cell structures compared to 

the other particles reinforced foams. Thick cell walls 

are observed in the CP2 and GP2 although their 

porosities are relatively high. GP2, which has 

outstanding porosity, partially shows very large 

cavities as shown in Fig. 4. Particles in the phenolic 

resin filled with high weight fraction of particles can 

be easily aggregated each other and the air at the 

tiny gaps between the aggregated particles expands 

dramatically as the microwave heating proceeds. 

This large bobbles are merged each other and then 

they make large cavities demonstrated in Fig. 5.  

Fig. 6 shows the compressive strength and 

specific compress strength of the phenolic foams 

with respect to the particle type and weight fraction. 

CP1 and GP 1 which have high porosity and uniform 

cell morphology showed the highest specific 

compressive strength, and this means the strength of 

the phenolic foam and cell density are closely 

related each other. Specific compressive strength of 

the CP1 and GP2 increased by 6.1% and 7.6%, 

respectively, compared to the neat phenolic foam. 

  

 
(a) 

 
(b) 

Fig. 3 Cell properties of the neat phenolic foam and 

particle reinforced phenolic foams: (a) density of the 

foams and solid, (b) porosity of the foams 

 Fig. 4 SEM topographies of the phenolic foams 

with respect to the particle type and weight fraction. 
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Fig. 5 Void formation of the phenolic foam during 

the foaming process. 

However the deviation of the compressive strength 

of the particles reinforced phenolic foams was much 

larger than that of the neat phenolic foam because of 

the partially large void induced by particle 

aggregation and stress shielding by thick cell wall 

[20]. The specific compressive strengths of the 

graphene reinforced phenolic foams were slightly 

higher than those of the MWNT reinforced phenolic 

foams, and this might be caused by a difference of 

aggregated shape of the particles. From these results, 

it was found the mechanical properties could be 

enhanced more if the dispersion state of the particles 

in the resin is improved. 

MWNT and graphene reinforced phenolic foams 

showed lower thermal conductivity compared to the 

neat phenolic foams although the particles have 

remarkable high thermal conductivities. Although 

the conductivity through gases is usually the 

predominant component of the total transferred heat 

due to the huge volume of the gaseous phase in 

foams, the main quantity of heat transferred of 

foams is the factor by conduction through the solid 

polymer [7,24]. This means the thermal conductivity 

is directly affected by the foam density as shown in 

Fig 7. Accordingly, phenolic foams with low density 

(CP1 and GP1) showed the low thermal 

conductivities compared to the other foams. In case 

of the GP1, which has the highest cell density and 

cell uniformity, thermal conductivity decreased by 

36.3% compared to that of neat phenolic foams. 

However, CP2 and GP2, which has partially thick 

cell walls due to the high viscosity before 

microwave foaming, the thermal conductivities 

increased dramatically. 

TGA was used to quantify the decomposition of the 

phenolic foams at elevated temperatures and to 

investigate the volatility of the phenolic foams. In 

this work, the volatility of the phenolic foams was 

measured using the weight loss of the phenolic 

foams over the temperature range of 200°C to 500°C, 

as shown in Fig. 8. The particle reinforced phenolic  

 
(a) 

 
(b) 

Fig. 6 Compressive strength and specific 

compressive strength of the phenolic foams: (a) 

compressive strength, (b) specific compressive 

strength. 

 
Fig. 7 Thermal conductivities of neat phenolic foam 

and particle reinforced phenolic foams. 

foams showed the high thermal stability compared to 

the neat phenolic foam at 200−300°C as shown in 

Fig 8(a). Low thermal conductivity of the particle 

reinforced phenolic foams, which makes it possible 

to retard heat transfer from outside into the foams, 

reduced the volatility of the phenolic foams. 
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Accordingly, GP1 which has the lowest thermal 

conductivity showed the lowest weight loss. All 

specimens presented the rapid weight loss around 

450°C related to self-ignition temperature of the 

phenolic materials as shown in Fig. 8(b). The 

average volatility of the particles reinforced phenolic 

foams was a little bit higher than that of the neat 

phenolic foam at 400−500°C. The high specific area 

of the particles reinforced phenolic foams has 

effective interfacial area with high temperature air 

and high thermal conductivity of the MWNT and 

graphene enhances the heat transfer rate of the 

phenolic foams. Accordingly, the volatility of the 

particles reinforced phenolic foams increased more 

sharply compared to that of the neat phenolic foam. 

The volatilities of all the specimens were less than 

40% at 500°C, which was much lower than those 

values reported for commercial urethane foam and 

polystyrene foam at the same temperature [3].  

 
(a) 

 
(b) 

Fig. 8 TGA analysis of the foams: (a) weight loss 

from 200˚C to 300˚C, (b) weight loss from 450˚C to 

500˚C. 

4 Conclusions  

 

In this work, the particles reinforced phenolic 

foams were fabricated using microwave to improve 

the thermal and mechanical performance. The effect 

of the particle type and weight fraction on the cell 

morphology was investigated. From the experiments, 

the following results were obtained: 

(1) Phenolic resin reinforced with the particles 

showed low dissipation factor compared to the 

neat phenolic resin because the dipole and ion 

mobilities were restricted due to relatively high 

viscosity of the particles reinforced phenolic 

resin. 

(2) Density and porosity of the particles reinforced 

phenolic foams were lower than that of the neat 

phenolic foam due to the high cell density. 

(3) CP1 and GP1 show thinner cell wall and small 

and uniform cell structures compared to the 

other particles reinforced foams. 

(4) Specific compressive strength of the CP1 and 

GP2 increased by 6.1% and 7.6%, respectively, 

compared to the neat phenolic foam. 

(5) GP1, which has the highest cell density and cell 

uniformity, has the lowest thermal conductivity 

in the phenolic foams and it decreased by 36.3% 

compared to that of neat phenolic foams. 

(6) GP1 showed the highest thermal stability from 

200-300°C due to its low thermal conductivity, 

however, its volatility sharply increased above 

450°C. 

 

     Our findings suggest that the graphene reinforced 

phenolic foams with 1wt%, fabricated using the 

proper foaming conditions, are promising materials 

for insulating foams due to their low thermal 

conductivity, low density, and reliable compressive 

strength.  
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Abstract 

In this paper, experimental fatigue behaviour of 
adhesively bonded PEEK composite was 
investigated. PEEK based materials are considered 
as a high performance thermoplastic materials 
conferring to their good mechanical properties and 
chemical resistant for many aggressive environments 
due to their semi-crystallinity property. However, it 
is well known that the adhesive bonding assembly of 
this kind of materials is difficult without an 
appropriate surface preparation. In the objective of 
enhancing the mechanical properties in cyclic 
fatigue of adhesively joined PEEK, sandblasting 
surface treatment was applied. The effect of 
sandblasting conditions on surface morphology was 
presented. Joint durability and fatigue life was 
expressed in terms of Wöhler curves according to 
surface preparation condition. In the end, an 
energetically approach was used to determine joint 
microstructural evolution in cyclic long term 
loading.   

1. Introduction 

Nowadays, adhesive bonding technology appears to 
be an appropriate alternative for assembling 
composite parts. In fact this method offers many 
advantages such as uniform stress distribution along 
the joint and minimizing stress concentration, 
joining dissimilar materials, weight reduction 
compared with other joining methods. 

High performance semi-crystalline thermoplastics 
(PolyEtherEtherKetone (PEEK)) reinforced fibres 
are increasingly used in aeronautical industry due to 
their high toughness and recyclability.  

The good chemical resistance of such thermoplastic 
composites makes their adhesive bonding resistance 
poor and, surface treatment before bonding is a 
primary step to achieve satisfactory joints [1]. 

Low cost, environmental friendly and easy to 
implement technique makes sandblasting treatment 
one of competitive methods for preparing 
thermoplastic material surfaces before adhesive 
bonding [2]. 

For many structural systems such as adhesive 
bonding, fatigue behaviour is certainly an important 
type of loading to consider. Indeed cyclic loading 
fatigue may produce failure of adhesive-bonded 
assemblies at lower stress level than they can 
tolerate under monotonic loading. Therefore Fatigue 
analysis and life time service prediction are highly 
required especially in the case of damage tolerance 
design of adhesive bonded systems based on PEEK 
composites for aeronautic applications. For this 
purpose two principal approaches are used: the first 
is based on the measurements of crack growth rate 
of pre-cracked adhesive joint subjected to mode I, II 
[3-5] or mixed-mode fatigue loading. The second 
approach consists in determining, the stress versus 
the number of cycles to failure curves usually named 
Stress-Number of cycle (S-N) curves or Wöhler 
curves.  

The effect of substrate surface state and nature [6-7] 
on the fatigue performance of adhesive joints has 
been investigated by different authors. It was shown 
that the relationship between surface texture and 
adhesion is very complex. In the purpose of 
optimizing abrasive surface treatment processes, 
different mechanisms and their interactions need to 
be understood [8, 17]. In this paper, the effect of 
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surface morphology generated by sandblasting 
process, on the long term behaviour of adhesively 
bonded PEEK composite single shear lap-joint 
specimen, under cyclic loading (fatigue) was 
studied. In-situ fatigue cycle monitoring allowed 
determining fatigue life and damage states of bonded 
joint. The cross correlation between interface 
(substrate/adhesive) properties and the fatigue 
performance of joints was discussed. 

2. Materials and methods 

2.1 Materials  

Continuous carbon fibres reinforced PEEK 
composites as substrate were investigated. This kind 
of materials begins to be widely used in aeronautical 
industry.  

 
 

 
 
Fig 1. Schematic representation of PEEK composite with 

quasi-isotropic layup (a), and Optical micrograph 
showing the stacking sequence of PEEK APC-2 (b). 

The PEEK composite studied is made from 16 plies 
of unidirectional PEEK reinforced by high resistance 
carbon fibres (AS4) prepreg manufactured by 
Cytec® named APC-2 and is supplied by Airbus® 
France; The configuration of the laminates is quasi-

isotropic and the stacking sequence is as follows: 
[+45/0/-45/90/+45/0/-45/90]s as shown in Fig.1. 

The PEEK matrix melt viscosity is approximately 
like the PEEK 150G commercialized by Victrex. It 
is characterized by middle molecular weight 
compared to other PEEK references, which 
facilitates fibre impregnation. The structural 
adhesive used was a commercial epoxy based two 
parts adhesive (3M 9323-2 B/A) generally used in 
aeronautical applications. Curing cycle is as follows: 
2 hours at 65°C, as recommended by the 
manufacturer.  

2.2 Thermal characterization 

DSC analysis was carried out using the DSC STAR 
01 module from METTLER TOLEDO with a 25°C 
to 400°C temperature range and a heating rate of 
10°C/min. In semi-crystalline polymers the degree 
of crystallinity is an important factor, since the 
mechanical behaviour of these materials is linked to 
the crystallinity degree [9]. The degree of 
crystallinity was calculated using the following 
relationship:  

100m
c

c

Q
X

WQ



   (1) 

where Xc is the degree of crystallinity (%), Qm is 
the melting enthalpy [J.g-1], Qc is  the melting 
enthalpy for fully crystallized PEEK (Qc=130 Jg-1 
[10]) and ΔW is  the weight content of PEEK in the 
composite. In this case ΔW is about 30±2% 
measured by two different methods: double 
weighing (in air and distillate water) and optical 
method associated with image analysis.  

 
Fig 2. DSC thermogram of PEEK APC-2. 

a 

b 

+45 
0 

-45 
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Fig.2 illustrates an example of DSC thermogram 
showing glass transition inflection and melt 
endothermic peak. 

This figure shows that the studied PEEK APC-2 is 
characterized by a glass transition, Tg, of about 
152°C determined from the mid-point. Crystallinity 
degree calculated by equation (Eq.2) nearly 37%. 
The melting point of PEEK APC-2 was determined 
at the peak of endothermic transition: 342 ± 1°C. 
The absence of exothermic peak before glass 
transition indicates that the composite is crystallised 
at its maximum. 

The cured adhesive was also analysed by DSC. The 
result shows that the adhesive is fully polymerised 
and its glass transition, Tg is 66 ±1°C (midpoint).  

2.3 Rheological characterization 

Dynamical Mechanical Analysis (DMA) tests were 
performed with DMA50 0.1dB from METRAVIB. 
Specimens were prepared from laminates as 
rectangular bars (20mm×2mm×1.5mm) and were 
subjected to tensile/compression loading at 
controlled alternating strain. The temperature range 
was 25°C to 280°C with a heating rate of 1°C/min 
and the frequency was 10 Hz. 

Fig.3 shows the evolutions of storage modulus (E’) 
and loss factor (tan(δ)) as a function of temperature. 

 
Fig 3. Storage modulus (E’) and loss factor (tan(δ)) versus 

temperature of PEEK APC-2 composite at (10 Hz). 

In the analysed temperature, the tan(δ) spectrum 
exhibits a broad peak which maximum is located at 
about 170°C (10 Hz), which corresponds to the main 
or α-relaxation associated with the glass transition. 
In the same temperature range, a very slight decrease 
in storage modulus (E') with temperature was 
observed. These results, which are consistent with 

DSC analysis confirm that APC-2 PEEK QI 
composites are high performance materials, which 
exhibit good mechanical properties up to 250°C. 

2.4 Sandblasting treatment 

The studied materials were subjected to dry 
sandblasting (particles projection) with varying 
experimental conditions (particle size, projection 
duration). 

Schematic principle of sandblasting process is 
shown in Fig 4. The following results were obtained 
for subsequent fixed operating conditions: ceramic 
jet nozzle of 8 mm diameter, applied air pressure is 
about 5 bars, the distance L between the nozzle and 
target is 80 mm and the impact angle is 90°. The 
influence of process duration and abrasive particle 
sizes were examined. 

 
Fig 4. Schematic setup of sandblasting device. 

Projection duration was varied as follow: 5, 10, 20, 
30 and 45 seconds and three different particle sizes 
(50µm, 110µm and 250µm) were used in the aim to 
investigate the surface morphology evolution as a 
function of surface treatment process conditions. 

Abrasive particles (commercially named corundum) 
are composed chemically by 99% of alumina 
(Al2O3) and have an irregular shape with abrasive 
angles. 

After abrasive treatment all samples were cleaned 
ultrasonically with ethanol for 15min to eliminate 
any particles and dust presented on surfaces before 
surface characterization and bonding tests. 

2.5 Surface morphology analyses 

The effect of sandblasting process on surface 
morphology was studied using two surface 
characterisation techniques.  

The surface SEM (Scanning Electron Microscopy) 
analysis was performed in order to illustrate visually 
the surface morphological changes after sandblasting 
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and interactions between particles and PEEK APC-
2.Surface roughness parameters of untreated and 
treated surfaces were characterized by using a 3D 
optical white light interferometer, from Veeco 
topometer type WYCO 9300. The analyses are 
based on non-contact vertical scanning 
interferometry (VSI) measurement mode [11].  

Topographical 3D parameters were calculated 
according to the following standards, defining 
Geometrical Product Specifications (GPS): ISO 
12085, ISO 25178, ISO 13565 and ISO 12181 [12]. 
The most pertinent parameters were selected. 

Calculation of 3D morphological parameters 
constitutes an unique way to evaluate topographical 
modifications due to sandblasting in particularly 
anisotropy characteristics and surface morphology.  

2.6 Adhesive joint monotonic and fatigue tests  

In order to evaluate mechanical behaviour of the 
adhesively bonded system (APC-2/Epoxy/APC-2), 
the single lap shear configuration test was chosen, 
due to its simplicity to implement and 
reproducibility. The single lap shear test is the most 
used method as comparative test in the case of 
adhesive bonding strength evaluation. 

 

 
 
 
 
 
 
 

Fig 5. Schematic representation of adhesively bonded 
single lap shear specimen. 

Specimens for single-lap shear test were prepared 
from two samples of PEEK APC-2 of 106 mm long, 
25 mm wide and 3 mm thick bonded along 12.5 mm 
according to the international standard ISO 
4587:2003 (cf. Fig. 6). A specific device was 
designed to make easy the realization of the bonded 

specimens. The overlap joint and the adhesive 
thickness (200 ± 20 µm) were carefully controlled 
after manufacturing. After sandblasting treatment 
application, the substrates were ultrasonically 
cleaned with ethanol for 15 min before bonding.  

The monotonic tensile shear strength of the 
adhesively bonded single lap joints was measured 
using a MTS Bionix (Model 370.02) axial/torsion 
tester equipped with a 25 kN load cell and a 
displacement sensor at room temperature (23 ± 1 °C) 
at a cross-head speed of 1 mm/min.  

Tension-Tension load controlled fatigue tests were 
performed in the same metrological device. The 
frequency was maintained constant at 10 Hz for all 
tested configurations, and the fatigue loading ratio 
(R-ratio) was 0.1. However, if the failure did not 
occur before 106 cycles the test was stopped. The 
fatigue test criterion was assembly failure. The 
maximum stress level was varied from the 
monotonic maximum strength of the adhesively 
bonded single lap joints.  

3. Results and discussions 

3.1 Morphological analyses 

Fig 6 shows SEM analyses of untreated and 
sandblasted surfaces. 

The surfaces are characterized by a complex and 
anisotropic morphology due to the quasi-isotropic 
sequence stacking of the laminate, with the surface 
ply oriented at 45°, and the morphology of the 
prepreg. Indeed continuous fibre thermoplastic 
prepreg are made from bundles of continuous fibres 
each touching the neighbouring row and hot-melt 
coating. This results in a surface layer of the 
laminate with two fibre volume fraction zones with a 
lower reinforcement content at the inter-bundle 
regions than anywhere else (Fig. 6.a). The 
sandblasting treatment increases surface anisotropy 
and complexity as shown by SEM (Fig. 6 b-c), the 
low fibre density zones being less resistant to 
abrasion. 
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Fig 6. SEM micrographics showing PEEK APC-2 
surfaces: untreated (a), sandblasted during 5 seconds and 

50 µm particle sizes (b) and sandblasted during 10 
seconds and 250 µm particle sizes (c). 

 

SEM analysis shows that the increase of projection 
duration and the average abrasive particle sizes 
increase the damage of the composites surface 
including fibres fractures as illustrated in Fig 7. 

 

 
Fig 7. SEM micrographic showing sandblasted composite 
PEEK APC2. Treatment duration for 10 seconds with an 

average particle size of 250μm. 

 

In the aim to evaluate quantitatively surface 
morphological modification due to sandblasting 
conditions, interferometry technique was used.  

 

 
Fig. 8. Surface morphologies and relevant anisotropies a) 

before treatment, c) sandblasted. 

 

Surface anisotropic specificity of PEEK APC-2 
determines the choice of surface topography 
analysis. Indeed, it is difficult to better represent an 
anisotropic surface topography (Fig. 8), based on a 
2D profiles, because in this case the measured 
surfaces have not the same roughness characteristics 
according to the axis (x) and to its orthogonal axis 
(y). Therefore, the calculation was focused on 3D 
roughness parameters which are more representative 
of analysed surfaces. 

From more than hundred parameters of surface 
morphological characterization, only the most 
pertinent parameters were selected. The roughness 

Fibres 
fractures 

Matrix 
damages 

Isotropy: 38.4% 
1st direction: 48.1° 

Isotropy: 5.81% 
1st direction: 47° 
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parameters used are based on better representative 
parameters, as surface amplitude and peak valley 
distribution. Generally, classical used parameters to 
describe surface roughness are surface amplitude 
parameters as: Sa, Sq and Sz. All these parameters 
give information about surface heights. In this paper 
the classical amplitude parameter Sq was selected. 

This parameter is defined by international standard 
ISO 25178 of 3D topography data and defined as the 
root mean square (RMS) of surface heights (cf. 
Eq.2) corresponding to Rq in 2D profile analysis 
defined in international standard ISO 4287.  

2S = ( ( , ))q

A

Z x y dxdy                 (2) 

where A corresponds to the defined measured area 
and Z(x,y) are the different heights according to x 
and y directions. 

The variation of the parameter Sq (µm) as function 
of projection and all particle sizes is shown in Fig. 9. 

 

Fig 9. Sq evolution as a function of treatment duration and 
average particle sizes. 

This Figure shows that the surface heights increase 
significantly with treatment duration for all average 
particle sizes. Beyond a treatment duration of 5 
seconds there is no obvious correlation between the 
average particle size and surface morphology, 
resulting probably from composite high-level 
damage state involving a large amount of fibre 
breaks as mentioned previously. Conversely, for 
projection duration of 5s, the parameter Sq increases 
continuously with particle size, but this effect is not 
significant. In order, to better describe the surface 
morphology other 3D roughness parameters were 
investigated. One of those morphological parameters 
is the surface density of summits (Sds). This 

parameter is defined in European standard EUR 
15178N. Sds is the number of summits of an unit 
sampling area; a peak is defined as a summit if it is 
higher than its eight nearest neighbours [13]. 

Fig 10 shows the Sds evolution as a function of 
average particle sizes and projection duration. The 
results illustrate that the density of summits (Sds) 
decreases while increasing the average particle size. 
This phenomenon is due to the particles foot-print 
on the substrate after impact. Indeed, the increase of 
particle size leads to large imprints and therefore the 
distance between neighbour peaks is high and the 
density of summits per unit of area is small. 

 

Fig 10. Density of summits evolution as a function of 
average particle sizes and projection time.  

To achieve different levels of adhesion, the different 
assemblies PEEK APC-2/Epoxy/PEEK APC-2 were 
manufactured by varying the substrate treatment. To 
this end, the treatment duration was limited to 5s in 
order to prevent for damage, and the average particle 
sizes were varied (50, 110 and 250µm).  

3.2 Monotonic mechanical properties of adhesive 
joint 

The shear strength is calculated using the following 
relationship: 
 

                               (3) 

 
where F (N) is the ultimate load of the load versus 
displacement curve of bonded lap joint and A (mm2) 
is the overlap area. The results are summarized in 
Tab. 1. The single lap shear strength corresponds to 
the arithmetic average of six tests. 
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Tab. 1. Single lap shear strength of PEEK APC-2 

Average 
particle 

sizes 
Untreated 50µm 110µm 250µm 

Lap shear 
strength 
(MPa) 

11.5 28.5 27 27.5 

Standard 
deviation 

(MPa) 
3 0.3 0.1 1 

Tab. 1 shows that the single lap shear strength is 
very sensitive to substrate treatment. The average 
shear strength of the assembly without any treatment 
is below 12 MPa, whereas it increases up to 28MPa 
after substrate sandblasting treatment. Nevertheless, 
the variation of average particle sizes has low 
influence on the shear strength.  

The joints fail adhesively for untreated assembly and 
the failure surface features show a mixed failure 
mode in the case of treated substrates. 

3.3 Adhesive joint fatigue test 

Loading levels were varied from about 16 MPa to 
about 7 MPa. Six specimens were tested for each 
load level and surface treatment configuration.  

S-N curve and morphology 

Experimental fatigue data are represented as a plot 
of stress (S) as a function of the number of cycles to 
failure (N) or S-N curve also known as Wöhler 
curve. Fig. 11 gives the S-N curves for all the tested 
configurations.  

 

Fig. 11. Wöhler curves as a function of average particle 
sizes (bonded PEEK APC-2).  

The effect of substrate treatment on fatigue is more 
significant than on monotonic failure. The surfaces 
treated with an average particle size around 50 µm 
show the best behaviour. This trend is however 
attenuated as the mean stress decreases as shown by 
the convergence of the S-N curves at high cycles. 
Moreover, the results show larger scatter at high 
stress amplitude (low cycle fatigue) than at high 
cycle fatigue contrary to what is generally observed 
for bulk materials.  

As for monotonic loading failure surfaces show a 
mixed mode failure, indicating high enough 
interfacial bonding. There is no general tendency 
concerning the ratio of cohesive fracture surface 
except at high cycles for which the failure mode is 
predominantly cohesive in the adhesive layer.  

These observations give indications regarding 
differences in the S-N curves: the high scatter of the 
cycles to failure in the low cycle domain and the 
tendency toward a common behaviour in the long 
term. As failure occurs mainly within the adhesive 
layer for long time tests, the failure mode is not 
much affected by substrate treatment. For other 
amplitude levels for which the failure mode is mixed 
the adhesive-substrate interface is more involved in 
the failure process. 

The functional peaks density (Sds) on treated 
surfaces which is the highest in this case of 
treatment with average particle size of 50 mm is 
probably responsible of the best fatigue behaviour, 
the adhesive-substrate interface being mainly 
associated with mechanical interlocking. The 
different behaviour between monotonic and cyclic 
loading can be attributed to the fact that the fatigue 
crack growth likely took place by crack arrest and 
subsequent propagation for which the mechanical 
interlocking is a key parameter. 

In-situ analysis of load displacement curves 

Fatigue behaviour of adhesive bonded joint was 
investigated by in-situ monitoring load-displacement 
data as a function of cycles (cf. Fig.12).  

 

 

 

 

ICCM19 1406



 

Fig 12. Fatigue cycle of adhesively bonded composites. 

From these cycles several physical data can be 
calculated [14]: 

 Ed: dissipated energy per cycle which can be 
quantified by the area inside the fatigue 
cycle. 

 Et: total energy, calculated using the 
following equation Et = (Fmax-Fmin) x (Dmax-
Dmin). 

 the system stiffness (Rs) [N/m], which is 
calculated by the general slope of the cycle 
and defined by the following equation: 

max min
s

max min

F F
R =

D D




           (4) 

Their variation may be related to a structural change 
at the microscopic scale in the substrate/adhesive 
junction or any of the components, as well as 
initiation and growth of microscopic cracks [15].  

 
Fig 13. Dissipated energy evolution as a function of 
number of cycle (load = 9MPa) during fatigue tests. 

Fig. 13 gives an example of the changes in 
dissipated energy (Ed) per cycle as a function of the 
number of cycles until assembly failure at a loading 
level of about 9 MPa according to different average 
particle sizes.  

The results show a decrease of the dissipated energy 
versus time until a minimum threshold where energy 
increases up to joint failure. This trend is observed 
for all stress levels studied and all surface 
treatments. 

The evolution of the stiffness against the number of 
cycles was plotted in Fig. 14 in the case of 
maximum load of about 11 MPa and the three 
average particle sizes used. The stiffness increases 
slightly during fatigue up to a certain threshold 
where it abruptly drops up to sample failure. This 
result is consistent with the changes in dissipated 
energy. 

 
Fig.14. Evolution of the stiffness of the system during 
fatigue tests according to the number of cycles (load = 
11MPa). The average particle size is varied from 50 to 

250μm. 

From dissipated energy and stiffness changes of the 
system analysis during fatigue life, two stages of 
fatigue are observed (cf. Fig 15). 

 

Fig 15. Fatigue behaviour versus cycle number. 

Stage I Stage II 

Failure 
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• Stage I which corresponds to the drop of the 
dissipated energy and the increase in the stiffness of 
the assembly. The decrease of the dissipated energy 
during a fatigue test is probably associated to 
structural changes in the adhesive. Additional 
crosslinking was not considered as DSC analysis on 
epoxy adhesive before fatigue, shows that the 
adhesive is fully polymerized. This result leads us to 
consider the occurrence of sub-Tg structural 
relaxation phenomenon or physical aging observed 
in glasses [16]. This phenomenon will lead to 
compaction and densification of the network at a 
temperature close to the glass transition temperature, 
as well as changes in physical and mechanical 
properties. The changes in the molecular structure of 
epoxy adhesive may be responsible of the changes in 
assembly mechanical properties during fatigue test.  
This assumption was confirmed by the presence of 
an endothermic peak on a DSC thermogram of 
adhesive after fatigue test. 

• Stage II is the increase in dissipated energy and a 
significant decrease in stiffness of the system. 
Likely, this stage coincides with the massive 
initiation and propagation of micro-cracks under the 
effect of the cyclic loading until assembly failure.  

4. Conclusion 

Fatigue behaviour of adhesively bonded PEEK 
composite was studied. The good chemical 
resistance of PEEK based materials makes their 
adhesive bonding resistance low, and surface 
treatment is essential to achieve structural joints. 
The effects of sandblasting surface treatment on lap 
shear strength were investigated in a first step. In a 
second stage in situ analysis of the joint behaviour 
during fatigue was examined using continuously 
monitoring of dissipated energy and stiffness  

The following conclusions can be drawn: 

 Use sandblasting surface treatments lead to 
improve significantly fatigue life of CFR 
(PEEK) adhesively bonded system 
especially for high stress level. A correlation 
between pertinent morphological parameters 
and adhesive bonding behaviour was found. 

 Monitoring fatigue cycle parameters lead to 
the identification of two successive stages in 
fatigue life of adhesively bonded joints: a 
first stage associated to the microstructural 

changes in the adhesive and a second stage 
associated to the propagation of 
macroscopic damage. 
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1 Introduction:  
Adhesively bonded joints (ABJs) are increasingly 
used in automotive, marine, offshore, and oil and 
gas industries, to mate both metallic and fiber-
reinforced polymer composite (FRP) structural 
components. Adhesively bonded FRPs offer 
several advantages such as high strength and 
stiffness to weight ratios, good fatigue and 
corrosion resistance, controllable damage 
tolerance, and high energy absorption capability, 
which make them more efficient compared to other 
type of mechanical fasteners [1-3]. 
Crashworthiness, improved damage tolerance, 
energy absorption capability, and safety 
requirements are important factors for the design 
of light weight composite structures, especially in 
automotive and marine vessel applications. 
However, a major concern in the use of adhesives 
in those applications has been the lack of adequate 
database in regards to performance of ABJ at high 
rates of strain and impact loads. Therefore, 
mechanical characterization of ABJs at high 
loading rates is vital for achieving reliable designs 
[4]. 
The overall goal of our study is to develop a 
relatively inexpensive and strong adhesive for 
common engineering applications. Therefore, 

various aspects of ABJ are being investigated. In 
this paper, the effect of high strain rate on the 
mechanical response of adhesively bonded single 
lap joint of composite adherends under impact at 
2.04E+5 mm/min is investigated. Unidirectional 
E-glass fiber reinforced epoxy laminate was used 
as the adherends.  The high strain rate tests were 
accomplished using a modified instrumented 
pendulum, equipped with a specially designed 
impact tension apparatus.  
The results indicated that ABJs tested under 
highest loading rate exhibited increased stiffness 
and strength. Strain rate dependent properties 
derived from the experimental data will be used in 
the near future in conjunction with finite element 
analysis to conduct parametric study and optimize 
the performance of such joints.  The observed 
failure mechanisms deduced from scan electron 
microscopic study of the failed specimens will also 
be presented. 

2 Experimental Plan  

2.1 Fixture design 

The tensile impact fixture’s elements are 
illustrated separately, as in whole in Fig. 1.  
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Fig. 1 Various views of the fixture used to apply impact load to the ABJ. 
 
The actual fixture is shown in Fig. 2. As can be 
seen, the rod used to transfer the impact load is 
aligned within several roller-bearings. To reduce 
the errors related to undesirable friction during the 
impact test, the height of each bolt was adjusted. 

 
Fig. 2 Plan view of the tensile impact fixture 

A jig was also designed and fabricated for making 
ABJs consistent and accurately aligned, as shown 
in Fig 3. Shims were used to obtain the required 
thickness of the bond line (i.e., 0.25 mm). This 
thickness was selected based on ASTM D5868-
01standards (2001). 

2.2 Specimen preparation 

2.2.1Q-Cell reinforced adhesive   
To prepare single lap joints (SLJs), a commonly 
used thermoset epoxy resin (i.e., West System’s 
105 resin and 206 hardener (Bay City, MI)) was 

used as the baseline adhesive due to their common 
use and relatively low cost.  However, 105 resin’s 
viscosity is very low, and in order to be able to 
form practical bonded joints, it has to be thickened 
(to become paste-like); therefore, Q-Cell filler 
(obtained from Rayplex, Toronto, ON) can be used 
to thicken the resin.  Q-Cell is inexpensive and 
lightweight filler that consists of white hollow 
inorganic microspheres with low bulk density. It is 
commonly added to resins with the ratios of 0.5% - 
10% (by weight).  It is of course well known that 
the inclusion of the filler would degrade resin’s 
mechanical properties. However, no factual 
information or data on the actual level of 
degradation resulting from the addition of Q-Cell 
filler in resin could be obtained from either the 
vendor or open literature.  
Therefore, in order to establish the degree of 
degradation in the resin due to addition of Q-Cell 
filler, three concentrations of the filler (i.e., 0%, 
5%, and 10% by weight Q-Cell) in the resin were 
investigated.  These ratios were selected based on 
the ease of applying the resin/adhesive in practical 
applications on vertical surfaces. 

  
Fig. 3 Fixture for making the single lap joints with their grips 
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2.2.2 Nano particles reinforced adhesive  
Since the addition of the commonly used fillers 
like Q-cell is known to degrade resins/adhesives’ 
mechanical properties, another filler type material 
was used with the aim of actually enhancing 
resin’s mechanical properties.  For that, as a means 
to economically enhance the mechanical properties 
of the thermoset resin/adhesive (in our case West 
System 105), attempts were made to use various 
forms of nano-particles as the filler.  However, the 
uniform dispersion of nanocarbon in resin is quite 
challenging, time consuming and thus an added 
cost. The dispersion directly governs the 
mechanical properties of the adhesive, but more 
so, GNP agglomeration causes severe statistical 
inconsistencies in the strength and performance of 
the adhesive. Therefore, a mechanical stirrer and 
three-roll mil machine was used to disperse the 
nano-particles in resin uniformly.   
To enhance dispersion, each roller should revolve 
with a set constant speed.   In this study, the roller 
speed and calendaring frequency were set to 
maximum speed of the machine (i.e., 174 RPM). 
To maximize the quality of dispersion the 
calendering was conducted seven times. After each 
calendering, the quality of the dispersion was 
monitored by sampling the mix, and assessing the 
uniformity of the dispersion by a digital 
microscope, thereby avoiding unwanted 
agglomerations. 
Three different types of nano-particles were 
selected to be dispersed into the epoxy resin. 
a. Graphene Nano Platelet (GNP-M-25) with 
average diameter of 25 µm and 6 nm thickness and 
surface area of 100 m2/g obtained from XG 
Science Ltd. (Lansing, MI). 
b.  Multi Walled Carbon Nanotubes (MWCNTs) 
with outer diameter of 5 to 15 nm, and more than 
95% purity (obtained from the US Research 
Nanomaterials, Inc., Houston, TX). 
c. Graphitized Carbon Nano Fibers (CNF) with 
outer diameter of 200 to 600 nm, and more than 
99.9 % purity (obtained from the US Research 
Nanomaterials, Inc., Houston, TX).  

The nano-particles were first distributed in the 
resin using a mechanical stirrer set at speed of 
2000 rpm for 10 min.  
Next step was calendering the nano-particles-resin 
slurry using the three roll mill. The roller gap was 
set at 20 um using a filler gauge, for 0.5% (by 
weight) concentration of CNF, MWCNT, GNP 
(see Fig. 4). 
As stated, after each calendering, the quality of 
dispersion was monitored by taking a small sample 
and examining nano-particles dispersion using a 
digital microscope (see Fig. 5). 
 

 
Fig. 4 The three roll mill equipment used for calendering 

process  

 
Fig. 5 Quality control process using a microscope after each 

calendaring 
After the above procedures, the curing agent or 
hardener was added to the slurry, and was mixed, 
using the stirrer at speed of 400 rpm for 4 to 6 
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minutes. The mixture was degassed under 28” Hg 
vacuum for 2 to 3 minutes. Degassing duration 
depends on the gel time of the resin. After 
degassing, the mixture was poured in appropriately 
shaped molds, and let cure for 12 hours at room 
temperature. Typical final products in the form of 
dog-bone coupons, with dimensions as per ASTM 
D638-94B, are shown in Fig 6.  

 

 
Fig. 6 Representatives tensile coupons neat, Q-Cell 

filler, and nano-particle reinforced resins as per ASTM 
D 638-94B (Dimensions in mm). 

 
2.2.3 Adherends preparation  
To manufacture the adherends, laminate plates 
with dimension of 350 mm ×350 mm were 
fabricated by the vacuum resin injection technique 
(VRIT). Appropriate size coupons were then 
extracted from the plates, followed by the surface 
preparation process applied to the bonding regions.  
To meet ASTM D5868-01 requirements, the 
glass/epoxy plate was made from 12 unidirectional 
plies. Unidirectional E-glass fabric and 
Huntsman’s Araldite LY 564 epoxy resin with 
Aradure 2954 hardener (West Point, GA) were 
used to fabricate the laminate plates. 
2.2.4 Single Lap Joint preparation  
The single lap joints (SLJs) were prepared from 
glass/epoxy laminate adherends, and the adhesive 

containing different amounts of micro and nano-
particles, using the described jig. A typical SLJ 
specimen is illustrated in Fig. 7. 

 
Fig. 7 Typical Glass/Epoxy single lap joint specimen 

 
Depending on the nature of each tests, and to 
ensure a concentric load pass through adhesive 
FRP tabs with appropriate thickness were affixed 
to adherends’ ends (see Fig. 8). 

 

 
Fig. 8 Typical single lap joint specimens (dimensions in 

mm). 

2.3 Characterization of the mechanical 
properties of neat adhesives   

The prepared dog-bone shaped specimens were 
tested in tension using an Instron servo-hydraulic 
universal test machine equipped with 8500+ 
electronics. The specimens were subjected to 
displacement controlled tensile loading as per 
ASTM D638, to establish the stress-strain curve of 
each adhesive. An Instron extensometer was used 
to record the gauge-length displacement (hence, 
the strain) of the specimens. Tensile tests were 
performed at room temperature at cross head 
speeds of 1.5 and 3 mm/min (for the static, and 
quasi static tests), and 2.04 E+5 mm/min (for the 
impact tests), based on ASTM D 897, and ASTM 
D 950, respectively. [19-21]. Details of the impact 
(high-strain) loading will be given in section 4.1.  
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Using the recorded load and gauge length 
displacement, the stress-strain curve of each 
adhesive was constructed and their elastic modulus 
was assessed. 

3  Experimental investigation of ABJs  
The experimental part consists of two phases, 
which will be discussed in below. 

3.1 Static and Quasi Static tests:  
To perform the static and quasi static tests on the 
ABJs, the aforementioned loading rates were used.    
The applied load was recorded directly through the 
Instron machine electronics and indirectly using 
the National Instrument DAQ system equipped 
with Lab View software. Gauge length 
displacement was also captured using a laser 
extensometer, through the same DAQ system.  

 
Fig. 9 Experimental set up of static and quasi static tests 

3.2 Impact (high strain rate) tests:  
In this category of tests, the applied load was 
measured using a PCB dynamic load cell (Depew, 
NY), positioned at the tip of the tensile carriage 
fixture (see Fig. 10(b)). The relative displacement 
of the overlap region was captured by a dynamic 
linear variable differential transducer (DLVDT) 
(Data Instruments, Acton, MA) (see Fig. 10(c)). 

 
(a) Test setup for impact (high strain rate) tests 

 
(b)  Position of  the dynamic load cell to record the 

impact loads 

 
(c) Location of the dynamic LVDT to record the 

impact induced displacement 
Fig 10 The experimental test setup for higher loading rates 

4  Results and discussion  

4.1  Influence of the nano-particles on the 
mechanical response of the neat adhesive and 
ABJ  

Load Cell 

Tensile Impact Fixture 

Hammer on slide bearings 

Impactor 

DAS 

Laser Extensometer 
SLJ 

Instron Universal Testing Machine 

SLJ 

DLVDT 
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Following the main objective of this research, in 
an attempt to produce a strong and viscous 
adhesive from a commonly used and relatively 
inexpensive room-cured resin, the Q-Cell filler and 
various nano-carbons were added to the neat resin 
(West System 105). Result of the tensile tests 
showed that although adding Q-Cell filler 
increased adhesive’s workability (viscosity), 
however the mechanical properties of the adhesive 
was degraded. The observed decrease in Q-Cell 
added adhesive renders the adhesive unsuitable for 
practical bonding.  
In contrast to the above, very good results could be 
obtained when the least expensive nano-carbon 
(i.e. graphene nano-platelets) were added to the 
resin. Various researchers have also observed that 
addition of Carbon Nano Fibers (CNF), or Multi 
Walled Carbon Nano Tubes (MWCNTs) to resins 
produced enhancement of resin’s mechanical 
properties and fracture toughness [9, 12]. 
However, very limited data exists for the level of 
enhancement that could be expected by addition of 

GNPs to resins.  As stated, GNPs are considerably 
less expensive than CNFs and MWCNTs. The 
results indicate that not only does the inclusion of 
GNP improves the mechanical properties of this 
adhesive, but it also enhances resin’s viscosity, 
hence making it suitable for use as an adhesive, 
especially suitable for marine and other 
applications. In fact, the shear strength of the GNP 
reinforced adhesive was improved by 33% when 
SLJs were tested at high rates of loading, and the 
increase was approximately 20% when SLJs were 
subjected to quasi-static loading rate (See Fig. 11).  
Fig. 12 illustrates the SEM images of the neat resin 
as well as the GNP and MWCNT reinforced 
resins. As can be seen in Fig. 12 (b), the GNPs are 
piled on top of one another like a colony. Due to 
higher surface aspect ratio of the GNPs, they offer 
added strength to micro-cracking, and in the event 
of cracking, they effectively bridge the micro-
cracks. In contrasts, MWCNTs dispersed in the 
resin are filamentous and furcated as can be seen 
in Fig. 12(c).   
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Fig. 11  Effect of filler (Q-Cell) and Nano-carbon particles on resin’s stiffness 
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(a) 

 
(b) 

 
(c) 

Fig. 12 SEM images of (a) the neat resin, (b) GNP 
reinforced resins and (c) MWCNT reinforced resin 

4.2 Influence of loading rate on the mechanical 
response of nano-particle  reinforced SLJs 

As it was discussed in previous section, the results 
showed that inclusion of the GNP in resin could 
significantly improve resin’s stiffness and strength. 
The average ultimate shear strength of SLJs was 
increased as high as 33% when SLJs were 
subjected to the high loading rates, and about 21% 
under quasi-static rates. Fig. 13 shows that 
increase in the strain rate affects the average 
ultimate shear stress of the adhesive in a nonlinear 
manner.  
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Design of the fiber-winding lightweight structure inspired by 
beetle elytra and its mechanical properties  
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Abstract：Based on the microstructure of the cross-section of the beetle elytra, a kind of bio-inspired 
lightweight structures with fiber-winding was designed and made by the carbon fiber material. The mechanical 
and thermal properties of the lightweight structures were studied with finite element method. At the same time, 
the quasi-static compression experiment was carried out. The experimental result and the finite element analysis 
result were compared and analyzed, which proved the effectiveness of the finite element analysis. Furthermore, 
the mechanical properties of two kinds of structure units with the different fiber winding pattern were analyzed 
and compared, the results showed the structure with two layers of different fiber-winding patterns is better to 
improve its mechanical performance. 
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Introduction 

As technology advances, many industries put 
forward the new requirements to the materials 
(higher specific intensity, specific rigidity, damage 
resistance), and many traditional materials and 
structures can not meet industry requirements again. 
However, natural biological materials formed many 
unique features through 35 million years of 
evolution in order to adapt to the environment and 
satisfy the functional requirements with capabilities 
such as strong toughness, functional adaptability 
and wound healing capabilities, et al, which are 
unsurpassed by conventional artificial materials[1]. 
Now people try to get inspiration from nature to 
develop new bio-inspired composite materials and 
structures through learning and imitating some 
features and functions of biological structure. Since 
the 1980s, significant progress has been made in 
understanding the structures and its special 
functions of the biological composite materials and 
the bionic research. Mehmet et al[2] studied the 
composite structure and the mechanical mechanism 
of pearl shell layer's cross-section, which has been 
used to develop the new ceramic matrix polymer 
and ceramic-metal composites, and found that the 
fracture toughness of new materials improved 40% 
more than the conventional ones. According to the 
bamboo structure feature with dense outside and 
sparse inside, Sun et al [3] manufactured 
double-layer carbon fiber materials coated with 
Cu-Fe, Cu-Ni, i.e. CF / Cu -Fe, CF / Cu-Ni 
composites material, and the bending strength and 
electrical properties of new composite material are 
significantly improved comparing with CF / Cu 
composite materials with the similar carbon fiber 
volume fraction Vf. Gordon et al [4] used the 
composite columns, plates and sandwich materials 
to imitate the spiral structure found in wood cells 
and made glass fiber/epoxy composite materials, 
found that its fracture toughness is also significantly 
improved. 
Beetle is a very large population in the nature , and 

their former wing in the evolutionary process slowly 
evolved into elytra with high strength and fracture 
toughness [5-6] to protect the body of the beetle, or 
to prevent the body moisture to evaporate and to 
resist the impact of the outside pressure, etc. The 
beetle serve as a good bionic object for geometric 
design and material optimum because of the 
excellent properties of the elytra such as lightweight, 
higher specific intensity, etc. Chen et al [7-9] studied 
the cross-section structure and surface 
microstructure of hercules beetle, and pointed out 
that the elytra is a sandwich structure with small 
columns as bridge peers to connect the top and 
bottom layers. The columns are arranged as polygon 
cylinder in elytra, constituting network structure 
with internal film to enhance the strength and 
fracture toughness of elytra. Based on the 
microstructure of the tumblebug's elytra, Chen [10] 
fabricated a kind of composite laminate with 
biomimetic fibre helicoidally rounding hole through 
a special mould and moulding process and the 
extrusion strength of the biomimetic fibre 
helicoidally rounding hole was also investigated. 
Yang [11-12] observed the cross-section 
microstructure of cybister elytra and measured the 
tensile strength of the elytra, the experimental results 
showed that the elytra cross-section is composed of 
cavities, fiber bundles that connect inner layers to 
the outer cuticular layers, several chitin fiber layers 
and a dense black epicuticle. The tensile test of the 
elytra showed that it has high specific strength. 
In this paper, on the basis of the microstructure of 
the cross-section of Cybister (Cybister tripunctatus 
Olivier) elytra, a bio-mimetic structure with the 
fiber winding was designed, and its mechanical 
properties were studied with finite element method. 
Also, a sample of the epoxy resin based carbon fiber 
material was built, and the quasi-static compression 
experiment was carried out to compare to the FEM 
result and prove the accuracy and reliability of the 
FEM model. Furthermore, the different fiber 
winding patterns were suggested and the effects of 
the winding pattern on its mechanical properties 
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were analyzed, the results showed the structure with 
two different fiber-winding patterns has better 
mechanical performance than that of the structure 
with only one fiber-winding pattern. 
1. Bionic design of the lightweight structure  
Microstructure features of the cross-section of 
Cybister elytra. The microstructure of the 
cross-section and the mechanical properties of the 
beetle elytra have been studied by many researchers 
[13-18]. Fig.1 is the microstructure of the 
cross-section of cybister elytra, it is a typical 
sandwich structure, and is composed of cavities, 
fiber bundles acting as bridge piers, several chitin 
fiber layers and a dense black epicuticle. The fiber 
bundles are braided in the parallel, perpendicular 
and spatial helix ways, which improve the 
mechanical properties of elytra, such as intensity, 
toughness, and peeling resistance, et al. The 
thickness of the epicuticle, a single chitin fiber layer, 
the average diameter of cavities and the inner 
diameter of the hollow bridge pier are 12, 2, 80–95 
and 30–40μm, respectively. The cavities in the 
elytra effectively reduce the structure weight over a 
span of about 250μm. According to references 
[11,12], the Cybister elytra have a duty ratio (cavity 
area to elytra area) of about 22% and density of 0.89 
× 103 kg/m3, while their average hardness and 
Young’s modulus are 0.48 and 8.21 GPa 
respectively, and their transverse and longitudinal 
tensile strengths are as high as 169.2 ± 22.5 and 
194.5 ± 23.4 MPa respectively.  
1.2 Structural design inspired by beetle elytra  
According to the morphological features of the 
cybister elytra, also referring to the model suggested 
by Chen [8], a bio-mimetic lightweight structure 
featured by cavities and hollow columns which are 
composed of fibers braided in different patterns was 
suggested, and the number of fiber layers and the 
orientations of fibers are shown in the cross-section 
of column (Fig. 3). 
                       

2. The mechanical analysis of the bionic 

lightweight structure 

2.1 Quasi-static compression analysis 

2.1.1 FEM analysis of compression strength of the 
structure 
Finite element modeling  
To simplify FEM model, firstly, the structure 
composed of layers of fibers with the orientation 
paralleled to the axis of column and paralleled 
horizontally in the upper and bottom planes was 
built and analyzed. The overall size of the model is 
30 × 30 × 20 mm3, and the thickness of the upper 
and bottom plane, the inner diameter of the small 
column and the wall thickness are 1.5mm, 3.5mm 
and 0.5mm, respectively. 3D model of the structures 
was built with pro/E software and then transferred 
into ANSYS Workbench environment, the finite 
element type was Solid 186, and the total numbers 
of nodes and elements of the structure are 60659, 
31215 respectively, as shown in Fig. 4. The material 
of the model was epoxy resin based carbon fiber 
composite, the same material was used to build the 
structure samples. The material constants were set 
as Table 1. 

Load and boundary constraints  
Similar to the load and boundary constraints in the 

quasi-static compression experiment of the 
honeycomb structure [19], displacement was applied 
as a load to the top surface of the model step by step. 
Here, the number of load steps should be chosen 
reasonably. The model bottom was fixed for all six 
degrees of freedom (DOFs). 

Results analysis 
The compression force corresponding to the 
displacement of each sub-step was obtained through 
finite element analysis, then, the 
force–displacement curve was determined (Fig. 5). 
It can be seen that the compression force initially 
increased with the displacement, however, when the 
compression force reached the critical yield limit, 
the force changed little as the displacement 
continued to increase, demonstrating the structure 
had already reached the elastic–plastic stage，and its 
compression limit load is 12.7KN. According to the 

EPIBPCAV CAV

FL FL
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equation σ=F/A, where F is the compression limit 
load (N), and A is the area to bear the load (mm2), 
the compression strength of the structure is 14.1 
MPa. Taking the average density of the structure 
into account, the specific compression strength is 
40.3 [MPa/(g·cm-3)].  

2.1.2 Experimental verification of FEM analysis 
In order to verify the reliability of the finite element 
analysis, the structural samples were built from the 
epoxy resin based carbon fiber material (Fig.6), and 
a quasi-static compression experiment was 
performed on an electronic universal testing 
machine with load changing between 0 and 100 KN 
(Changchun, China). 

The quasi-static compression is a single-direction 
force produced by moving the pressure head with a 
constant velocity of 1 mm/min. The force produced 
on the pressure head and the displacement due to 
the compression deformation of the sample were 
recorded and monitored by sensors. The test results 
showed that the compression limit load is 11.6 KN. 
Comparing with the FEM result, the error is 9.5%, 
the difference mainly come from the glue 
connections between the columns and the top and 
bottom plates in the structural samples, which is not 
considered in the FEM model, but definitely reduce 
the compression ability of samples. Fig.6 compares 
the experimental curve with the FEM analysis curve. 
Although there is a difference between the 
experimental and analytical results, especially the 
force of the experimental curve sharply declined 
after reaching a maximum owing to the structural 
fracture, while the force indicated by the analytical 
curve declined gently, it is seen that the 
experimental results are in accordance with the 
analysis results at the first stage, demonstrating the 
effectiveness and reliability of the finite element 
method analysis.  
2.2 Shear strength analysis  
FEM model 
The same 3D model in section 2.1 was used again. 
According to the reference [20], the bottom plane of 
the model was fixed for all six degrees of freedom, 

and the upper plane is defined as the rigid plane 
without any deformation, and in-plane horizontal 
force was applied as the shear force in Fig. 7(a).The 
material constants are just the same as in Table 1. 
Results analysis 
The force and the corresponding displacement in 
each sub-step were obtained through finite element 
analysis, and the shear force–displacement curve 
was determined as shown in Fig. 7(b). According to 
the equation τ=Fmax/A and equation 
Geq=1000×δ×θ/A, where Fmax is the maximum shear 
force (N), and A is the original area to bear the 
force (mm2), δ is the original thickness of the 
sample (mm), and θ is the linear slope of the 
straight-line fitting of the linear part of the curve 
(N/mm). Then, the shear strength of the bionic 
structure τ is 1.8 MPa, and the equivalent shear 
modulus Geq is 94.1Mpa.  
The FEM results showed that the bio-mimetic 
structure has excellent mechanical properties, its 
specific compression strength is 40.3 kN m/kg, 
which is much higher than the values of 4~16 kN 
m/kg for stainless-steel hollow-sphere foam and Al 
foam [21], and its shear strength is 1.8 MPa, shear 
modulus is 94.1Mpa, both are greater than the 
values of T722 Nomex honeycomb structure 
(τ=1.56 Mpa and Geq =59.2 Mpa) [22]. 

3. The effect of different fiber winding patterns 
on the mechanical properties of the structure 

As mentioned above, the fiber bundles of 
cybister’s elytra are braided in the parallel, 
perpendicular and spatial helix ways, which 
improve the mechanical properties of elytra, and the 
designed bio-mimetic structure in this paper also is 
braided in fibers with two different patterns. So, it is 
necessary to further analyze the effect of the fiber 
winding patterns on the mechanical properties of 
the structure. 
3.1 3D FEM model  
Here, the small hollow column with two different 
fiber winding patterns was built as the FEM model, 
and two fiber winding patterns include the parallel 
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and the spatial helical patterns. In Fig. 8, the column 
was wrapped in two layers of fibers, (a) is 
composed of one layer of vertically paralleled fiber 
and one layer of the spatial helical fiber, and the 
helix angle is 65°. (b) is composed of two layers of 
vertically paralleled fibers. The finite element type 
was Solid 186, the material was the same as that of 
the bionic structure, material constants can be 
referred to Table 1. 

3.2 Comparison of the mechanical properties of 
two columns   
The quasi-static compression and shear strength of 
two columns were analyzed and compared with 
FEM. The load and boundary constraints of the 
quasi-static compression analysis were the same as 
those mentioned in section 2.1, and the load and 
boundary constraints of the shear strength analysis 
were defined as [23]: the top plate of the model was 
fixed for all six degrees of freedom, while the 
bottom plate was fixed axially, and horizontally 
shear force is applied to the middle part of the 
model. The compression force–displacement curve 
and the shear force-displacement curve were 
determined as shown in Fig. 9~10. 
It can be seen from Fig.9~Fig.10 that the shear 
strength of the column wrapped in the vertically 
paralleled fibers and the spatial helical fibers was 
greater than that of the column with two layers of 
vertically paralleled fibers, while the compression 
strength of the former was smaller than that of the 
latter, demonstrating the fiber braided in the 
vertically paralleled ways is more suitable to bear 
the compression force. Thus, the bio-mimetic 
structure with two different braiding patterns could 

possess both mechanical advantages, and has better 
mechanical properties. 

4.  Conclusions 

A bio-mimetic lightweight structure inspired by 
the cybister elytra was designed, and its mechanical 
properties were studied with finite element method. 
The compression force–displacement curve and the 
shear force-displacement curve of this structure 
were obtained, which demonstrated it has great 
mechanical properties. At the same time, a sample 
built with the epoxy resin based carbon fiber 
material was made, and the quasi-static 
compression experiment was carried out to verify 
the reliability of the FEM method. Furthermore, the 
effects of the different fiber winding patterns on the 
structure mechanical properties were investigated, 
the results showed the different fiber winding 
patterns are suitable to bear the different kind of 
loads. So, it is quite reasonable that there exist 
different fiber winding patterns in the biological 
structure, and this brings new ideas for the design of 
the new lightweight structures.   
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Fig. 2. Fiber layers of the cross-section of elytra. (a) Fiber layers; (b) Fibers orientation. FL: 
Fiber layer; Arrows point to the fiber laying direction.

(a) (b)

FL 

Fig. 1. Microstructures of the cross-section of elytra. EPI, Epicuticle; FL, Fiber 
layers; CAV, Cavity; BP, Bridge pier. 

Fig. 3. Elytra inspired lightweight structure 
(a) The bio-mimetic structure; (b) The cross-section structure of single hollow column. EP: 
Laminated plate; FL: spiral fiber layer; FB: vertical fiber layer; HS: cavity; H: column holes 

(b)(a) 
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Fig.4. The finite element model 
of the bio-mimetic structure 

Fig. 5. Comparison of the 
experimental results with the finite 

(b) (a) 
Fig.7. FEM analysis of the shear strength of the bio-mimetic structure 

(a) FEM of the structure; (b) The shear force–displacement curve of the structure 

Fig. 6. The bionic structural sample 

ICCM19 1424



 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Table 1 the material properties of the model 
material elastic modulus (GPa) Density (g/cm3) Tensile strength (MPa) 

carbon fiber 253 1.78 4980 
SU810 epoxy resin 2.5 1.2 55 

 
Acknowledgement 
This work was supported by the National Basic 

Research Program of China (2011CB302106), the 

National Natural Science Foundation of China 

(51175249, 30770285), and the Jiangsu Natural 

ScienceFoundation (BK2009376). 

 

References 

[1] Z. D. Dai, Y. F. Zhang, X. C. Liang, et al. 

Coupling between elytra of some beetles: 

Mechanism, forces and effect of surface texture. 

Sci China Ser C: Life Sci, Vol.51, No.10, 

pp894-901, 2008. 

[2] S. Mehmet, K. E. Gunnison, M. Yasrebi. 

Seashells as a natural model to study laminated 

composites. Proceedings of the American 

Society for Composites, 5th Technical 

Conference, Lancaster Pennsylvania, 

pp176-183, 1990. 

[3] S. J. Sun, Z. M. Wang, M. D. Zhang. CF/Cu 

Composite materials Containing Fe or Ni. Acta 

Materiae Compositae Sinica, Vol.7, No.1, 

pp30-34, 39, 1990. (in Chinese) 

[4] J. E. Gordon, G. Jeronimidis. Composites with 

high work of fracture. Phil. Trans. R. Soc. 

Lond., A, Vol.294, No.1411, pp 545-550, 1980 

[5] B. Chen, X. H. Peng, J. H. Fan. 

(a) (b) 

Fig.8. The column with the different fiber winding patterns 
(a) vertically paralleled fiber + spatial helical fiber (b) two vertically paralleled fibers  

Fig.9. The compression force–displacement curve Fig.10. The shear force–displacement curve 

ICCM19 1425



Round-hole-fiber distribution in insect cuticle 

and biomimetic research. JSME International 

Journal Series C Mechanical Systems, 

Machine Elements and Manufacturing, Vol. 47, 

No. 4, pp1128-1132, 2004. 

[6] C. Guo, W. W. Song, Z. D. Dai. Structural 

design inspired by beetle elytra and its 

mechanical properties. Chinese Science 

Bulletin, Vol.57, No. 8, pp941-947, 2012. 

[7] J. X. Chen, Q. Q. Ni, E. Yasuhisa, et al. 

Distribution of trabeculae and elytral surface 

structures of the horned beetle ( Allomyrina 

dichotoma). Entomologia Sinica, Vol.9, No. 1, 

pp 55-61,2002. 

[8] J. X. Chen, Q. Q. Ni, Y. L. Xu, et al. 

Lightweight composite structures in the 

forewings of beetles. Composite Structures, 

Vol.79, No.3, pp331-337,2007. 

[9] J. X. Chen, G. Z. Dai, Y. L. Xu, et al. Basic 

study of biomimetic composite materials in the 

forewings of beetles. Materials Science and 

Engineering: A, No.483–484, pp625–628, 

2008. 

[10] B. Chen, D. G. Yin, J. H. Fan, et al. Fibre 

helicoidally rounding hole of tumblebug's 

elytra and extrusion strength of biomimetic 

composite. Materials Research Innovations, 

Vol.17, No.1, pp17-21,2013.  

[11] Z. X. Yang, Z. D. Dai, C. Guo. Morphology 

and mechanical properties of cybister elytra, 

Chinese Science Bulletin, Vol.55, No.8, 

pp771-776, 2010. 

[12] Z. X. Yang. Biomimetic Research on 

Microstructures, Mechanical Properties and 

Coupling Mechanism of Beetle Elytra 

[D].Nanjing university of Aeronautics and 

Astronautics, 2009 (in Chinese) 

[13] J. W. L. Beament. Wetting properties of insect 

cuticle. Nature, No.186, pp408-409, 1960. 

[14] A. R. Parker, C. R. Lawrence. Water capture 

by a desert beetle. Nature, No.414, pp33–34, 

2001. 

[15] S. N. Gorb, P. J. Goodwyn. Wing-locking 

mechanisms in aquatic heteroptera. Journal of 

Morphology, Vol.257,No.2, pp127-146,2003. 

[16] J. F. V. Vincent, U. G. K. Wegst. Design and 

mechanical properties of insect cuticle. 

Arthropod Structure & Development, No.33, 

pp187-199, 2004. 

[17] Y. B. Cohen. Biomimetics-using nature to 

inspire human innovation. Bioinspiration & 

Biomimetics, Vol.1, No.1, pp1-12, 2006. 

[18] B. Bhushan. Biomimetics: lessons from 

nature-an overview. Phil. Trans. R. Soc. A, 

Vol.367, No.1893, pp1445-1486, 2009.   

[19] C. F. Choon, B. C. Gin, K. S. Leong. 

Mechanical properties of Nomex material and 

Nomex honeycomb structure. Composite 

Structures, No.80, pp588–594, 2007. 

[20] ISO 1922: Rigid cellular plastics-determination 

of shear strength, 2001 (E) 

[21] A. Rabiei, L. J. Vendra. A comparison of 

composite metal foam’s properties and other 

comparable metal foams. Mater Lett, Vol.63, 

No.5, pp533–536, 2009.  

[22] Y. Q. Luo, W. Hao. Study on Properties of 

ICCM19 1426



T722 Nomex Honeycomb. Hi-Tech Fiber & 

Application, Vol.34, No.1, pp34-37, 2009.(in 

Chinese) 

[23] Han X, Hao N H. Finite Element Analysis of 

Steel Tubes Shearing. Machine Building & 

Automation, 2009,38(5):15-17(in Chinese) 
 

ICCM19 1427



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

EFFECT OF NAPS WITH ANISOTROPIC ORIENTATION 
BETWEEN LAYERS ON MECHANICAL PROPERTIES  

OF WOVEN COMPOSITES 
 

J. Hirai1*, A. Ohtani2, A. Nakai2 , H. Hamada3 

1Composite Machinery Department, Tsudakoma Corp., Kanazawa, Japan 
2 Gifu University, Gifu, Japan     3Kyoto Institute of Technology, Kyoto, Japan 

* j-hirai@tsudakoma.co.jp
Keywords: laminate，composite ，fabric，cloth,  nap，interlaminar  strength， fracture toughness 

 

1 INTRODUCTION  

The laminated fiber-reinforced composite 
materials have much influence on the mechanical 
properties; especially compression characteristics 
and flexural properties because interlaminar strength 
in out-of-plane direction is much lower compared 
with that in in-plane direction. In previous study, 
effects of naps on the carbon woven fabrics on 
interlaminar strength were investigated. In order to 
improve the interlaminar strength, various secondary 
processes have been applied to laminated fabrics, for 
example, stiching[1]and Z-Anchor[2] and so on, but 
these processes have propensity to decrease in-plane 
properties by giving damage to fibers. Moreover, 
without giving damage to fibers, some processes 
also applied to improve interlaminar strength, for 
example, Z-Pin[3] and thermoplastic powder, but 
these processes are adapted only to special 
applications because of some problems in the 
productivity and cost.In previous studies, the amount 
of naps were changed by cutting a part of warp or 
weft fiber bundles, and the relationship between 
interlaminar shear strength of laminate and the 
amount of naps were studied [4]. As a result, 
interlaminar strength has improved, but the in-plane 
properties decreased with increase in naps. In this 
study, in order to improve in-plane properties of 
composite laminates with naps, weft fiber bundles 
were partially cut to make naps with “Anisotropic” 
orientation. This method can make possible to 
generate naps equally without decreasing the 
productivity in fabric production on weaving 
machine. The effect of naps with “Anisotropic” 
orientation on interlaminar strength and in-plane 
mechanical properties were investigated.  

 

2 EXPERIMENTS  

2.1 Kinds of Nap Clothes  

The naps were generated on both faces by “Naps 
Generating Machine” with cutter to cut only the 
surface of weft fibers of carbon fiber woven fabrics 
for making anisotropic naps. Three kinds of nap 
clothes (NAP A, NAP B and NAP C) with different 
quantities of naps were prepared by adjusting the 
position and contact pressure of the cutter.  

Fig.1 shows the magnified photograph of each 
clothes. Photographs of naps on cloth surface of 
three kinds of nap clothes (NAP A, NAP B and NAP 
C) are shown. Table 1 shows average nap density 
and length, and total nap length. The number of naps 
in the range of clothes was counted by watching 
with the microscope, and the nap density was 
defined as average value of that per 1cm2. The nap 
length was defined as average of all nap length. The 
total nap length, a nap density and an average of nap 
length on all laminated cloth were multiplied, 
calculated as the total length of naps in test pieces of 
per 1cm2. 

 
 
 
 
 
 
 
 
 
 

(A) (B) (C)  
Fig.1 Photographs of naps on cloth surface 
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Table 1 Comparison of naps on woven fabrics 

From transverse
direction 

From longitudinal  
direction  

 
 

2.2 Specimens and Test Methods 

In this study, three kinds of woven fabrics with 
naps and non-nap cloth were prepared. 12 layers of 
each clothes were stacked and molded with the vinyl 
ester resin (R-806B, Showa Denko K.K.) by hand 
lay-up method. Fig.2 shows cross-sectional photos 
of specimens (NAP A, NAP B and NAP C) from 
longitudinal and transverse directions. Fig.3 shows 
the model of naps in interlayer. From these photos 
and model, some filaments were observed in the 
interlaminar resin rich region only in the photo from 
transverse direction. For these specimens, tensile test
（JIS-K-7073）, test for flexural properties（JIS-K-
7074） , short span bending test（JIS-K-7078） , 
DCB test（ JIS-K-7086） , open-hole tensile test
（ JIS-K-7094） ,and 3-point bending impact test
（JIS-K-7084） were carried out. 

 

 
 

 
 
 
 
NAP A 
 
 
 
 
 
 
 
 
 
 
NAP B 

 

 

 

 

 
 
 
NAP C 
 
 

 
 

 
 
 

Fig.2 Photographs of cross sections 
from longitudinal and transverse direction. 

 

Fig.3 Construction of test piece 

 

 

 

 

 

 

3 RESULTS AND DISCCUSION 

First, tensile test（JIS-K-7073）was carried out. 
The size of coupon specimens was 
200mm×25mm×3mm, and the size of gauge length 
was 100mm, and five coupon specimens of each 
sample were tested.  

Fig.4 shows the relationship between tensile stress 
and deflection in longitudinal direction 
corresponding to warp direction of woven fabrics. It 
was clarified that NAP B and NAP C have the high 
tensile stress in longitudinal direction, and they have 
the high fracture deflection. It was clarified that 
fabrics with much nap have the high tensile stress 
and the high fracture deflection in longitudinal 
direction. 

Fig.5 shows the relationship between tensile 
strength in longitudinal direction and total nap length. 
The tensile strength was increased almost linearly to 
the total length of nap. From this graph, the tensile 
strength increased up to 5%.  

Fig.6 shows the photographs of cross sections in 
longitudinal and transverse direction of each 
specimen (NAP A, NAP B and NAP C). From these 
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cross-sectional pictures, the length of carbon fiber 
bundle of each specimen was measured.  

Table2 shows the average value of heights of warp 
and weft yarn of each specimen. With increasing 
total nap length, the height of weft yarn was 
decreased. Therefore, it was considered that, by 
decreasing the crimp of warp yarn, the tensile 
strength in warp direction was increased.  
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Fig.4 Relationship between tensile stress and 

deflection in longitudinal direction 

 
Fig.5 Relationship between tensile strength and  

length in longitudinal direction 
 

 
 

Fig. 6 Photographs of cross section 
 

Table 2 Comparison of average heights 
of warp and weft yarn 

 
 NON 

NAP  
NAP A  NAP B  NAP C 

Warp 
Yarn  

0.180  0.180  0.167  0.167  

Weft 
Yarn  

0.180  0.167  0.153  0.153  

 
Next, test for flexural properties（JIS-K-7074）

was carried out. The size of coupon specimens was 
80mm×10mm×3mm, and the distance of between 
fulcrums was 60mm, and five coupon specimens of 
each sample were tested. 

Fig.7 shows flexural stress in longitudinal  
direction for each specimen as a function of 
deflection. Fig.8 shows flexural stress in transverse 
direction for each specimen as a function of 
deflection. From these results, relationship between 
flexural strength and total nap length was 
investigated. Fig.9 shows flexural strength in each 
direction for each specimen as a function of total nap 
length. As is the case with results of tensile test, 
flexural strength in longitudinal direction increased 
with increase in amount of naps. Meanwhile, the 
strength in transverse direction decreased with 
increase in amount of naps. 

 
 
 

 
 NAP B 
 
 
  
 

 

 
 
 
 

Fig.7 Relationship between flexural stress 
in longitudinal direction and deflection 

 
 
 
 

NAP A NAP C

Longitudinal direction（Warp yarn） 

Transverse direction（Weft yarn) 

3  
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Fig.8 Relationship between flexural stress  
in transverse direction and deflection 

 
Fig.9 Relationship between flexural strength and 

total nap length 
 

Fig.10 shows photographs of the fracture surface 
after bending test. In all specimens, fracture 
occurred at compression side. In the case of non-nap 
specimen, fracture was delamination and 
continuously propagated straight along the surface 
of layers. While in the case of NAP A,B,C, the 
delamination was restrained. 

 
 Longitudinal direction   Transeverse direction
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 

Fig.10 Photographs of the fracture surface  
in longitudinal direction and transverse direction.  

 
Next, short span bending test（JIS-K-7078）was 

carried out. The size of coupon specimens was 
21mm×10mm×3mm, and the distance of between 
fulcrums was 15mm, and five coupon specimens of 
each sample were tested. 

Fig.11 shows relationship between interlaminar 
shear stress and deflection in longitudinal direction 
for each specimen obtained from short span bending 
test as a function of deflection. It was clarified that 
NAP B has the highest interlaminar shear stress in 
longitudinal direction, and all specimens have 
almost same fracture deflection. 

Fig.12 shows relationship between interlaminar 
shear stress and deflection in transverse direction for 
each specimen obtained from short span bending test 
as a function of deflection. It was clarified that NON 
NAP has the highest interlaminar shear stress in 
transverse direction, and all specimens have almost 
same fracture deflection. 

Fig.13 shows relationship between interlaminar 
shear stress in each direction and total nap length for 
each specimens obtained from short span bending 
test as a function of total nap length. Shear strength 
in transverse direction slightly decreased, while that 
in longitudinal direction increased with increase in 
amount of naps. 
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Fig.11 Relationship between interlaminar shear 
stress and deflection in longitudinal direction 
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Fig.12 Relationship between interlaminar shear 

stress and deflection in transverse direction 

 
 

Fig.13 Relationship between interlaminar shear 
strength and total nap length 

 
Next, DCB test（JIS-K-7086）was carried out. 

The size of coupon specimens was 
140mm×25mm×3mm, and the polyimide film was 
inserted between the sixth and seventh layers, and 
the film crack depth was 40mm, and the pre-crack 
was approximately 2mm, and five coupon specimens 
of each sample were tested.  

Fig.14 shows relationship between interlaminar 
fracture stress and deflection obtained from DCB 
test. It was clarified that NAP C has the highest 
interlaminar fracture stress, and all specimens have 
almost same fracture deflection. 

Fig.15,16 shows relationship between 
interlaminar fracture toughness and total nap length 
obtained from DCB test. Interlaminar fracture 
toughness value increased with increase in amount 
of naps. Especially that of Sample C was about 40% 
larger than that of non-nap specimen. 
 
 
 
 
 
 
 
 
 
 

Fig.14 Relationship between interlaminar fracture 
stress and deflection 

 
 

 
 
 
 
 
 
 

Fig.15 Relationship between interlaminar fracture 
toughness and total nap length in longitudinal 

direction 

 
 
 
 
 
 
 
 

Fig.16 Relationship between interlaminar fracture 
toughness and total nap length in transeverse 

direction 
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Next, the open-hole tensile test（JIS-K-7094）
was carried out. The size of coupon specimens was 
200mm×30mm×3mm, and the size of gauge length 
was 100mm, with φ 10 drilled hole in center 
position, and five coupon specimens of each sample 
were tested. 

Fig.17 shows relationship between open-hole 
tensile strength in longitudinal direction and total 
nap length for each specimen obtained from open-
hole tensile test as a function of total nap length. 
This open-hole tensile strength was increased in case 
the total nap length was less than about 15-20 
cm/cm2, and this open-hole tensile strength was 
decreased in case the total nap length was more than 
about 15-20 cm/cm2. From this result, it was 
clarified that open-hole tensile strength was 
increased in more than 5% by making total nap with 
about 15-20 cm/cm2. Fig.18 shows photographs of 
the fracture surface after open-hole tensile test. 
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Fig.17 Relationship between open-hole tensile strength 

in longitudinal direction and total nap length 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.18 Photographs of the fracture surface  

 

Finally, 3-point bending impact test （ JIS-K-
7084 ）  was carried out. The size of coupon 
specimens was 110mm×10mm×3mm, and the 
distance of between fulcrums was 90mm, and five 
coupon specimens of each sample were tested. 

Fig.19 and 20 shows bending impact load in 
longitudinal and transverse direction for each 
specimen obtained from 3-point bending impact test 
as a function of deflection. It was clarified that NAP 
A and B have the higher bending impact load in 
longitudinal direction, and all NAP specimens have 
longer deflection than NON NAP specimen. 
Meanwhile, all specimens have nearly same 
deflection in transverse direction. 
 
 
 
 
 
 
 
 
 
 
 Deflection (mm) 
 

(a) NON NAP  
 
 
 
 
 
 
 
 
 
 
 Deflection (mm) 
 

(b) NAP A  
 
 
 
 
 
 
 
 
 
 
 
 (c) NAP B 

Deflection (mm) 
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Fig.19 Relationship between bending impact load 
and deflection in longitudinal direction 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 

Fig.20 Relationship between bending impact load 
and deflection in transverse direction 

 

Fig.21 shows relationship between total absorbed 
energy in longitudinal direction and total nap length 
for each specimen obtained from impact bending test 
as a function of total nap length. This total absorbed 
energy was increased in case the total nap length 
was less than about 10 cm/cm2, and this total 
absorbed energy was decreased in case the total nap 
length was more than about 10 cm/cm2. It was 
clarified that there was the appropriate total nap 
length to get the highest total absorbed energy. 

Fig.22 shows relationship between absorbed 
energy to max load and total nap length for each 
specimen. This absorbed energy to max load was 
increased in case the total nap length was less than 
about 10 cm/cm2, and this absorbed energy to max 
load was decreased in case the total nap length was 
more than about 10 cm/cm2. It was clarified that 
there was the appropriate total nap length to get the 
highest absorbed energy to max load. 

Fig.23 shows relationship between impact flexural 
strength and total nap length in longitudinal 
direction for each specimen. This impact flexural 
strength was increased in case the total nap length 
was less than about 10-15 cm/cm2, and this impact 
flexural strength was decreased in case the total nap 
length was more than about 10-15 cm/cm2. It was 
clarified that there was the appropriate total nap 
length in longitudinal direction to get the highest 
impact flexural strength. 

Fig.24 shows relationships between impact 
flexural strength and total nap length in transverse 
direction. This absorbed energy to max load was 
increased in case the total nap length was less than 

 (d) NAP C 

(b) NAP A

(c) NAP B

(d) NAP C 
Deflection (mm) Deflection (mm) 

(a) NON NAP  
Deflection (mm) 

Deflection (mm) 

Deflection (mm) 
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  about 10 cm/cm2, and this absorbed energy to max 
load was decreased in case the total nap length was 
more than about 10 cm/cm2.  It was clarified that 
there was the appropriate total nap length in 
transverse direction to get the highest impact 
flexural strength. 

x 
load was decreased in case the total nap length was 
more than about 10 cm/cm

  
2

From these results, it was clarified that total 
absorbed energy, absorbed energy to max load and 
impact flexural strength were increased in more than 
about 10% by making total nap with about 
10cm/cm2. 

From these results, it was clarified that total 
absorbed energy, absorbed energy to max load and 
impact flexural strength were increased in more than 
about 10% by making total nap with about 
10cm/cm

.  It was clarified that 
there was the appropriate total nap length in 
transverse direction to get the highest impact 
flexural strength. 

  

  

  

  

  

Fig.24 Relationship between impact flexural 
strength and total nap length in transverse direction 

Fig.24 Relationship between impact flexural 
strength and total nap length in transverse direction 

2. 
  

  4 CONCLUSIONS 4 CONCLUSIONS 

In this study, interlaminar shear and tensile, 
interlaminar fracture toughness, drop weight impact 
test for CFRP made by the nap clothes were 
investigated experimentally. It has been confirmed 
that interlaminar shear strength was increased by 
higher density and length of naps. It was thought 
that fracture toughness improved by generation of 
appropriate naps. Also, it was confirmed that 
property of impact absorption was improved by naps. 
The trend was admitted that both tensile strength and 
tensile elastic modulus decreased, but it should be 
improved by the way to make appropriate naps. 

In this study, interlaminar shear and tensile, 
interlaminar fracture toughness, drop weight impact 
test for CFRP made by the nap clothes were 
investigated experimentally. It has been confirmed 
that interlaminar shear strength was increased by 
higher density and length of naps. It was thought 
that fracture toughness improved by generation of 
appropriate naps. Also, it was confirmed that 
property of impact absorption was improved by naps. 
The trend was admitted that both tensile strength and 
tensile elastic modulus decreased, but it should be 
improved by the way to make appropriate naps. 

  

  

  

  

  

Fig.21 Relationship between total absorbed energy 
and total nap length in longitudinal direction 

Fig.21 Relationship between total absorbed energy 
and total nap length in longitudinal direction 
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2.5    The effects of appropriate naps were evaluated and 
clarified by examinations and revealed that it was 
possible to control mechanical properties of 
composites by choosing the appropriate density and 
length of naps. 

   The effects of appropriate naps were evaluated and 
clarified by examinations and revealed that it was 
possible to control mechanical properties of 
composites by choosing the appropriate density and 
length of naps. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  
Carbon/carbon composites are the most promising 
high-temperature Structural material which can be 
used widely in both aeronautic and aerospace 
industries [1]. Isothermal, isobaric chemical vapor 
infiltration (I-CVI) is widely used to density porous 
carbon performs, and the microstructure of the 
deposited pyrocarbon matrix can be various by 
controlling the process parameters. These texture 
differences should influence the mechanical 
properties of CVI-materials [2]. A large number of 
polarizing microscopes show that different texture 
transition is sharp, especially between medium 
texture (MT) and high texture (HT) [3].  

The aim of the present work is to set up a kinetic 

heterogeneous reaction model based on the Langmuir-

Hinshelwood (L-H) mechanism and the Particle-Filler  

(P-F) conceptual model [4] to study the sharp transition 

of MT/HT. 

 

2 Model and Results 

2.1 Model Set-up 

As shown in Fig.1, the multistep heterogeneous 
reaction kinetic model formulates both the 
pyrocarbon deposition process and the texture 
formation process based on L-H mechanism and the 
P-F conceptual model. Adsorption, desorption and 
dehydrogenation reactions are involved in the 
kinetic model, and moreover MT and HT 
pyrocarbons are clearly differentiated as two 
metastable species of carbon. The unimolecular 
dehydrogenation reactions of either light linear 
hydrocarbons being fillers (C2) or light aromatic 
species being Particles (C6) result in the formation of 
MT, while the bimolecular dehydrogenation reaction 
between P and F species leads to the formation of 
HT. 

In the model, we assume the precursor R is already 
completely converted into species C2 and C6 on the 
substrate surface or at the entrance of pores, so that 

[R]=0, and k8=0. In MC simulations, the surface of 
substrate is represented by a two-dimensional square 
lattice of N×N sites (N=50) with periodic boundary 
conditions. C2 adsorption, desorption and deposition 
occur on an empty site while C6 can only occur on 
three nearest-neighbor empty sites.  
 

2.2 Results 

As shown in Fig.2, at the lower value of a=0.1 (a is 
proportional to the initial concentration of C2), the 
surface coverage of C2 has a sharp transition region.  
As the increase of a, two steady-state branches can 
be observed: below R0  (the trainsition point between 
this two branches), the surface of substrate is mainly 
occupied by C2; above R0, the surface of substrate is 
mainly occupied by C2 and C6, and the formation of 
clusters of both species surrounded by empty sites 
can observe (Fig.3b). 

By further calculations, we find that while R<R0, the 
mainly events happened in the surface of substrate 
are C2 absorption, desorption and dehydrogenation 
reactions (MT deposition mechanism) when the 
surface has achieved steady-state; While R>R0, the 
mainly events happened in the surface of substrate 
are C2 absorption, C6 absorption and surface 
bimolecular reaction (HT deposition mechanism). 
So MT is formed at the condition of R<R0, while HT 
is formed at the condition of R>R0. 

 

3 Conclusion 

R is an important factor to the deposition of 
pyrocarbon which control the deposition mechanism: 
MT is formed at the condition of R<R0, while HT is 
formed at the condition of R>R0. So while R is near 
R0, if some system parameter (eg. T) has a small 
oscillation, it is possible to break the local 
equilibrium of the system, leading to the sharp 
transition from HT to MT or MT to HT. 

In our model, there are a lot of approximations for 
the convenience of calculation, so all the results we 
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got are qualitative. In the future, a more detailed and 
quantitative model will be used to investigate the 
texture transition of pyrocarbon during the process 
of CVD/CVI. 

 

 

Fig.1. Heterogeneous surface reaction mechanism 
proposed for pyrolytic carbon deposition and texture 
formation 

 
Fig.2. Surface coverage of C2 as a function of R= 
[C6]/[C2] at various a. 
 

 
Fig.3. Snapshot configuration of the substrate 
surface while the system achieved steady-state 
around R0 (~11.7) when a=0.5 (×  C2-species, ● C6-

species, empty sites are left white), Notice the 
formation of clusters of both species surrounded by 
empty sites, (a) R=11.6 (b) R=11.8  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  
The objective of this study is to clarify the fracture 
behavior of CFRP under the high speed tensile 
loading. We selected the intermediate modulus and 
high strength CFRP laminate which is a typical 
material used in the aerospace field. The fracture 
process under high speed tensile loading was 
captured by a high-speed video camera. By using the 
latest high speed imaging techniques, the fracture 
process can be clearly observed. However the high 
speed imaging is qualitative evaluation and is not 
quantitative evaluation. The strain distribution is the 
important information in the evaluation of 
destruction phenomenon; therefore, we introduced 
Digital Image Correlation (DIC) into high speed 
imaging of CFRP fracture. We succeeded in the 
measurement of the surface deformation and the 
analysis of the strain by DIC. 
 

2. Specimens and Experimental methods 

2.1 Preparation of Specimens 
The material used in this study was T800S/3900-2B 
(Toray) which is reinforced by intermediate modules 
and high tensile strength carbon fiber and 180 ºC 
cure type epoxy resin system (Table 1). We made 
three kinds of specimens. The specifications of 
specimens are shown as Table 2. The evaluation area 
is painted small random points by white ink. The 
GFRP tabs are adhered to prevent from the stress 
concentration by wedge grips. The overview of 
specimen was shown in Fig. 1. 
 

 

2.2 Experimental and analytical methods 
We used high speed tensile testing machine 
(Hydroshot HITS-T10, Shimadzu Corp.) with a load 
cell of 10kN capacity on high speed tensile test. The 
tensile speeds is up to 20 m/sec, and we selected to 
10, 5.0, 2.0 m/sec of tensile speed.  
We used high-speed video camera (HyperVision 
HPV-X, Shimadzu Corp.) for high resolution 
observation up to 10,000,000 flame per second (fps). 
Fracture of the specimen reduced load quickly. 
Monitoring at 1MHz for the decline of the load, 
when the load declined from the maximum to 50% 
of the maximum, a trigger signal was made from the 
pulse generator. The experimental setup was shown 
in Fig.2. We used flash lamp to get enough 
brightness in this study. The flash time is 2 
milliseconds on this flash lamp. The flash lamp is 
brighter than the continuation illumination. The 
trigger signal for the flash lamp synchronized with 
start-up signal of the high speed tensile testing 
machine. 
After the material testing and the high-speed 
imaging, we analyzed obtained high speed image by 
the DIC software (Strain Master DaVis8.0.8, 
LaVison GmbH). We should get calibration image at 
each test to introduce to DIC analysis in this study. 
We decided that the calibration images were the 
image before material test beginning. The specimen 
didn’t load from testing machine to get the 
calibration image. 
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3. Results and discussions 

Table 3 was shown measurement parameters for 
measurement equipments, and measurement results 

3.1 Results of material test 
Results of high speed tensile tests were shown in Fig. 
3. The conspicuous speed dependence could not be 
confirmed on this tensile rate. 
By comparison of between high speed tensile test 
and static tensile test, there were not difference in 
the maximum stress at [0]2 and [90]6 specimens. 
However, the maximum stress on high speed tensile 
test became smaller than that on static tensile test at 
[45/-45]S specimens. The static maximum stress was 
quoted from data base. This decline of maximum 
stress depended on the strain rate of the matrix resin. 
Generally, when the strain rate becomes high, the 
elasticity modulus, the strength and shear modulus 
become large on the general resin. The maximum 
stress decrease could have caused by the shear 
modulus increase at this strain rate. It should be 
consider the difference of the shape of the specimen 
on the static test from data base and the high speed 
tensile test. We need detailed examination about the 
cause of this maximum stress decrease. 
 

3.2 Results of High speed imaging  
The fracture images of high speed tensile test were 
shown in Fig. 4, 5, 6. We could succeed to capture 
the high speed images up to 1,000,000 fps. 
We could see the fracture process resembled at [0]2 
specimens about any tensile speed. These specimens 
were broken by a minute crack. The crack grew 
while cutting fiber. After a few micro seconds, 
splitting was observed in the specimen surface. The 
duration of fracture phenomenon can be estimated as 
less than 10msec (10m/sec), 12msec (5m/sec), 
20msec (2m/sec) in case of [0]2 specimens from high 
speed images. 
We could see the fracture process resembled at [45/-
45]S specimens about any tensile speed. The first 
crack started to grow from the edge of specimen to 
the other side. This crack was parallel to fiber 
direction. The duration of fracture phenomenon can 
be estimated as less than 12msec (10m/sec), 12msec 
(5m/sec), 20msec (2m/sec) in case of [45/-45]S 
specimens from high speed images. 

On [90]6 specimens, the first cracks were grown 
near GFRP tab. The duration of crack growing were 
8msec (10m/sec), 10msec (5m/sec) 5msec (2m/sec). 
 

3.3 Results of DIC analysis  
We analyzed the high speed images in the 
quantification by DIC analysis.  
Fig 7, 8 and 9 are shown Stress – Strain from DIC 
curve. Strain values were analyzed from central part 
of the specimens of the high speed images.  
Fig 7 and Fig 9 were shown that these specimens 
had linearity between stress and strain on this strain 
rate. The stress-strain curve showed good agreement 
for the straight line. The slopes on the graphs were 
similar to the other graphs at same laminate 
configuration without [45/-45]S specimens.  
The other side, Fig 8 was shown the specimens had 
nonlinearity between stress and strain on this strain 
rate. Those curves had some inflection points. The 
temporary non-rise of load suggested the fractures 
occurred except surface. We thought that these 
fractures were crack occurrence from back side, 
peeling off the gluing surface (CFRP and GFRP tab) 
and delamination of specimen.  
The images of the strain distributions which were 
calculated from DIC analysis were shown Fig. 11, 
12 and 13. We excluded the area that the white paint 
point came off during the high speed tensile test 
before fracture. The strain increased with the elapse 
in the time at all specimens.  
The strain was concentrated in the parallel to the 
direction of the fiber at [45/-45]S specimens. We 
could see the centralization with extreme strain on 
[45/-45]S Specimen surface, The 2nd layer in 
addition to the 1st layer, too. However, we could see 
the area of declined strain. This area was grown by 
the increase of the load. It is consider that this 
growth occurred with the delamination. It is 
considered that the effect of twist of the specimen 
appeared sensitively. 
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EVALUATION OF LOADING RATE DEPENDENCE ON FRACTURE 
BEHAVIOR OF CFRP LAMINATE WITH HIGH SPEED IMAGING

Table 1. Properties of T800S/3900-2B 
Manufacturer Toray 
Carbon fiber T800SC 

Matrix Epoxy 3900-2B 
Volume functions [%] 55 

Strength [MPa] 3100 
Elastic modulus [GPa] 153 

Poisson’s ratio 0.34 
 

Table 2. Specifications of the specimen 
Layered [0]2 [45,-45]S [90]6 

Material T800S/3900-2B 

Number of ply 2 4 6 

Lf [mm] 80 80 80 

Ls [mm] 20 20 20 

W1 [mm] 6 8.1 8.0 

T1 [mm] 0.42 0.82 1.22 

Lt [mm] 30 30 30 
 

 
Fig. 1. Overview of specimen 

 
 
 
 

Table 3. Measurement parameters and testing results 

Layered 
Tensile 
speed 

[m/sec] 

Recording 
rate 
[fps] 

Trigger 
frame 

number 

Maximum 
stress 
[MPa] 

10 500k 128 3403.0 
5 250k 128 3226.9 0 UD 

2 100k 128 3373.8 
10 500k 128 70.8 
5 500k 128 73.9 90 UD 
2 1M 128 60.7 

10 500k 128 197.9 
5 250k 100 194.2 [45/-45]s 
2 100k 100 182.9 

 
 

 
Fig. 2. Overview of Experimental system 
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Fig. 3. Tensile rate – maximum stress curve 

Lf 

Ls W1 Lt 

Flash lamp 

Specimen High-speed 
video camera 

ICCM19 1440



 
0 msec 

 
200 msec 

 
204 msec 

 
208 msec 

 
212 msec 

 
216 msec 

 
220 msec 

 
240 msec 

(A) 10m/sec, 500kfps 

 
0 msec 

 
448 msec 

 
468 msec 

 
472 msec 

 
476 msec 

 
480 msec 

 
488 msec 

 
500 msec 

(B) 5m/sec, 250kfps 

 
0 msec 

 
500 msec 

 
800 msec 

 
1140 msec 

 
1170 msec 

 
1200 msec 

 
1240 msec 

 
1270 msec 

(C) 2m/sec, 100kfps 
Fig 4. High speed images of high speed tensile 

fracture on [0]2 specimens 
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Fig 5. High speed images of high speed tensile 

fracture on [45/-45]S specimens 
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Fig 6. High speed images of high speed tensile 
fracture on [90]6 specimens 
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Fig 7. Stress-Strain curve form DIC results on 

[0]2 specimens 
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Fig 8. Stress-Strain curve form DIC results on 

[45/-45]S specimens 

0

20

40

60

80

100

0 2000 4000 6000 8000 10000

Strain [me]

St
re

ss
 [M

Pa
]

 
10m/sec 

0

20

40

60

80

100

0 2000 4000 6000 8000 10000

Strain [me]

St
re

ss
 [M

Pa
]

 
5m/sec 

0

20

40

60

80

100

0 2000 4000 6000 8000 10000

Strain [me]

St
re

ss
 [M

Pa
]

 
2m/sec 

 
Fig 9. Stress-Strain curve form DIC results on 

[90]6 specimens 
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EVALUATION OF LOADING RATE DEPENDENCE ON FRACTURE 
BEHAVIOR OF CFRP LAMINATE WITH HIGH SPEED IMAGING
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Fig 11. DIC results at high speed tensile process 
on [0]2 
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Fig 12. DIC results at high speed tensile process 
on [45/-45]S 
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 Fig 13. DIC results at high speed tensile process on [90]6 
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4. Conclusion 

· We could succeed the measurements 
on high speed tensile test, and high 
speed imaging for fractures of high 
speed tensile test. We could observe 
the fracture process on 3 type CFRP 
specimens with high speed video 
camera. We could quantify high 
speed images with DIC analysis.  

· In to digital image correlation, we 
could quantify the high speed image 
on high speed tensile test. The 
temporal resolution of DIC depended 
on the frame rate of high speed 
imaging. In this high speed tensile 
test, we could get high speed image 
on the fracture of CFRP specimen at 
up to 2,000,000 frame per second 
with high speed video camera. The 
time resolution of the strain 
measurement by DIC analysis 
depends on the recording rate of high 
speed imaging. 

· We suggested that the strength of 
[45/-45]S CFRP on high speed 
tensile test was lower than static 
tensile test. It was thought that the 
decline of the maximum stress was 
caused by the increase of the shear 
modulus. However, we couldn’t 
consider the difference of the shapes 
of specimens. We should investigate 
in detail about these results. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Composite manufacturing research at Carleton 
University has focused on the development of an 
improved Vacuum Assisted Resin Transfer 
Moulding (VARTM) procedure to produce high 
quality, repeatable parts at a much lower cost than 
autoclave processes. Procedures developed at 
Carleton have been used to manufacture a low-cost 
composite airframe for the GeoSurv II Unmanned 
Aerial Vehicle (UAV). 

This paper describes an experimental method used to 
characterize and mitigate common manufacturing 
defects found in components that have been 
manufactured at Carleton. Specifically, an 
investigation is performed into the cause of corner 
defects and poor preform compaction when 
manufacturing complex three-dimensional shapes.  

A novel bagging technique was developed to reduce 
the occurrence of corner defects, and the effects of 
bagging technique, corner type, and corner radius  
on corner thickness variation and the presence of a 
defect are presented. 

2 Carleton University composite manufacturing 

Researchers in the Low-Cost Composite (LCC) 
group at Carleton have been mandated to develop 
inexpensive composite manufacturing techniques 
tailored to the requirements of the GeoSurv II UAV. 
The following section describes the mouldless 
VARTM process in detail, as well as common 
defects that have occurred when manufacturing 
GeoSurv II components. 

2.1 The GeoSurv II UAV 
A UAV called the GeoSurv II is being developed at 
Carleton in collaboration with Sander Geophysics 
Limited (SGL) to perform mineral exploration 
surveys using an airborne magnetometer system. 
The GeoSurv II is a proof-of-concept model and 
testing platform designed to demonstrate that geo-
magnetic surveys can be done by a UAV at lower 

cost than manned aerial surveys, without putting a 
human pilot at risk. The GeoSurv II airframe is 
made from carbon fibre reinforced composites to 
reduce magnetic signature and decrease weight, and 
most components have been manufactured in-house.  
A diagram of the GeoSurv II UAV is shown in Fig. 
1. The wings, fairings, and tail booms of the 
GeoSurv II have been manufactured using the 
VARTM process. Mouldless VARTM has been used 
to manufacture the fuselage, and will be used to 
manufacture the empennage in 2013.  

2.2 Carleton mouldless VARTM 
In the mouldless VARTM process, complex three-
dimensional sandwich structures are made in a 
single infusion by using the core material as a mould 
during manufacturing [1,2]. Dry fabric is wrapped 
around the core material, which has been machined 
to the final shape of the part. Then, the preform is 
surrounded with a vacuum bag which is used to 
compact the fibres. The vacuum pressure is used to 
pull resin into the part through a series of inlets. As 
the part is cured, the rigid core holds the preform in 
its final shape. After cure, the rigid foam core 
remains in the part to form a sandwich structure. A 
diagram of the Mouldless VARTM process is shown 
in Fig. 2. 

Mouldless VARTM has several distinct advantages 
for low cost composite manufacturing: large 
complex parts can be made to near net shape in a 
single step, and the foam core significantly increases 
the strength and stiffness of the final part without 
adding much weight. Furthermore, the foam core is 
more machinable than most mould making material, 
so low production run components can be made for 
low machining cost and time [1]. 

There are several disadvantages to the mouldless 
VARTM process. Because the vacuum bag 
completely encloses the preform, a high-quality 
surface finish comparable to that of female mould 
parts cannot be produced. A second disadvantage is 
that under vacuum pressure, the foam core does not 
always have the stiffness to maintain the desired 
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shape, and parts can sometimes cure in a deformed 
shape unless the core is supported [1,2]. A third 
disadvantage of the mouldless VARTM process is 
that when infusing complex parts, the vacuum bag is 
not able to fully fill tight corners, leading to resin-
rich areas and void accumulation caused by poor 
compaction. This type of defect is investigated in 
detail in this paper. 

2.3 Defects found in part corners 
Corner defects of the type described in Section 2.1 
have commonly been found by LCC researchers in 
parts with complex geometries, specifically those 
containing inside corners [2]. An example of this 
type of defect, shown in Fig. 3, was found on an 
inside corner in the GeoSurv II fuselage. 

These corner defects are characterized by a local 
increase in preform thickness, as well as the 
presence of voids and excess resin. Three modes of 
corner defect formation are listed below: 

1. Bag tension: As the preform is compacted by the 
vacuum pressure, the volume inside the vacuum 
bag is reduced. Inside corner features require the 
bag to stretch to fill the compacted shape. When 
the bag is not able to fully stretch into these 
corners, it cannot apply compaction pressure to 
the preform. This is shown in Fig. 4.  

2. Preform tension: Another possible cause of poor 
corner compaction was proposed by Flynn, who 
described how tension in the preform can cause 
the fibres to not be properly compacted against 
an inside corner edge in RTM infusions [3]. The 
loss of compaction pressure in part corners due to 
tension in the bag or preform is called bridging, 
and can lead to resin rich areas [4] as well as 
race-tracking during the infusion process [5]. 
This mode is shown in Fig. 5. 

3. Fibre wrinkling: A third cause of variability in 
part corners has been observed in manufacturing 
trials performed at Carleton; folds tended to 
develop when the preform was forced around a 
corner, and these folds would occasionally cause 
local corner thickness variations. This is shown 
in Fig. 6. 

Although preform tension and fibre wrinkling 
contribute to corner defects, these modes can be 
mitigated through proper care when laying up the 
fabric. This experimental study focuses on the first 
mode of corner defect formation as this issue is not 
as straightforward to mitigate, and results from bag-
fabric interactions.  

3 Compaction of preform 
The following section describes a method used to 
predict an ideal "flat-plate" laminate thickness and 
fibre volume fraction as a function of compaction 
pressure. A theoretical prediction of pressure losses 
due to bag tension is then developed. Compaction 
pressure losses due to corners were measured 
through experiment. The experimental 
measurements are compared to the pressure loss 
theory. 

3.1 Compaction of flat-plate lamina 
In order to achieve a high fibre volume fraction and 
a low final part weight, vacuum pressure is applied 
to the preform. The vacuum pressure compacts the 
fabric, decreasing the resin volume between the 
fibres. The compaction pressure applied to the 
preform can be determined using Eqn. 1 [6-8]: 

𝑃𝑎𝑡𝑚 = 𝑃𝑐𝑜𝑚𝑝 + 𝑃𝑟𝑒𝑠𝑖𝑛  (1) 

where 𝑃𝑎𝑡𝑚 is the atmospheric pressure, 𝑃𝑐𝑜𝑚𝑝 is the 
compaction pressure applied to the preform by the 
vacuum bag, and 𝑃𝑟𝑒𝑠𝑖𝑛  is the pressure of the resin. 

The fiber volume fraction of a composite can be 
predicted from the compaction pressure by using 
Eqn. 2 [6-8]: 

𝑣𝑓 = 𝐴𝑃𝑐𝑜𝑚𝑝
𝐵  (2) 

Where vf is fiber volume fraction, and A and B are 
determined experimentally. The part thickness is 
related to fiber volume fraction with the following 
expression [1]: 

𝑡 =
𝑁 ∙ 𝐹𝐴𝑊
𝑣𝑓𝜌𝑓

 (3) 

Where N is number of layers, FAW is fiber area 
weight, ρf is the fiber density, and t is thickness.  

3.2 Loss of compaction pressure in part corners 
The thickness of lamina produced using the 
VARTM procedure is limited by the atmospheric 
pressure, but if bag tension causes a decrease in 
compaction pressure, the thickness of the part in the 
vicinity of the corner will increase, possibly leading 
to void formation and resin-rich areas. This 
phenomenon is illustrated in Fig. 7.   

Using Fig. 7, the following equation for corner 
compaction pressure can be derived by applying sum 
of forces to the vacuum bag: 
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�𝐹𝑦 = 0 = 𝐶 − 𝑃 + 2𝑇 sin(45°) (4) 

where 𝐹𝑦 is the force in the y direction, 𝐶 is the total 
compaction force applied to the bag by the preform, 
𝑃 is the total force due to the atmospheric pressure 
applied to the bag, and 𝑇 is the bag tension. The 
equations for C, P, and T are given below: 

𝐶 = 𝑃𝑐𝑜𝑚𝑝𝐴′ (5) 

𝑃 = 𝑃𝑎𝑡𝑚𝐴′ (6) 

𝑇 = 𝑡𝑏𝑎𝑔𝐸𝑏𝑎𝑔𝐿 �
𝑡𝑜 − 𝑡𝑓
𝑅 − 𝑡𝑓

� (7) 

where 𝑃𝑐𝑜𝑚𝑝 can be determined from Eqns. 2 and 3, 
𝑡𝑜 and 𝑡𝑓 are shown in Fig. 7, R is the outer radius of 
the preform, L is the width of the specimen, and 𝑡𝑏𝑎𝑔 
and 𝐸𝑏𝑎𝑔 are the thickness and elastic modulus of 
the bagging material, respectively.  

𝐴′ is defined as the component of area perpendicular 
to the y  direction, and can be determined using Eqn. 
8. 

𝐴′ = 2𝐿(𝑅 − 𝑡𝑓) sin(45°) (8) 

When Eqn. 4 was solved for a 2-ply layup of woven 
carbon fibre, it was predicted that the compaction 
pressure would drop to 36 kPa in the corners, from 
93 kPa in the flat section. 

3.3 Measurement of corner compaction pressure 
Experiments were performed to quantify compaction 
pressure in complex three-dimensional structures 
during the infusion of the third GeoSurv II fuselage. 
The experimentally measured pressure is compared 
to the theoretical value in the following section. 

To measure compaction pressure, nine Force 
Sensing Resistors (FSRs) were mounted between the 
vacuum bag and the preform at various distances 
from inside and outside corners, as well as in flat 
sections. 

3.3.1 FSR data acquisition 

Interlink FSR400 FSRs were used to measure 
compaction pressure [11]. The resistance across an 
FSR400 sensor is related to the force applied to the 
sensor head. By calibrating each sensor to determine 
the relationship between applied pressure and 
resistance, the FSRs can be used to measure force. 

Each FSR was connected to an Arduino Uno 
through a voltage divider, which converts the 
variable FSR resistance to a voltage. The Uno read 
the voltage output of the voltage divider as a value 
between 0 and 1024, and transmitted this value to a 
laptop which stored the data. 

3.3.2 FSR calibration 

To calibrate the FSRs, known weights were used to 
apply a pressure to the sensor face, and the resulting 
relationship between applied pressure and sensor 
reading was used to develop an empirical calibration 
curve,  allowing the pressure applied to the sensor 
face to be determined from the sensor reading. 

Pressure measurements were taken from the FSRs as 
vacuum pressure was drawn prior to the infusion. 
The GeoSurv II fuselage is shown in Fig. 8 
surrounded by a custom silicone vacuum bag and 
instrumented with the FSRs. The locations of the 
FSRs on the fuselage are shown in Fig. 9. Six out of 
the nine sensors failed when vacuum pressure was 
drawn, but three sensors remained functional. These 
sensors were located in an inside corner center, 10 
mm from the center of that corner, and in a flat 
section, respectively. The sensor output as vacuum 
pressure was drawn is shown in Fig. 10. In the flat 
section, the maximum recorded compaction pressure 
was 92.9 kPa, which was slightly less than the 
vacuum pressure of  96.0 kPa measured by a 
vacuum gauge. However, in the center of the corner, 
the measured compaction pressure was 29.4  kPa. 
These effects were still noticeable 10 mm from the 
corner center, as the compaction pressure in this 
location was only 76.4 as measured by the FSR.  

The results of this experiment show that a loss of 
compaction pressure is experienced in inside corners 
of parts made using VARTM. The pressure 
measured in the fuselage corner agrees with the 
experimentally predicted pressure of 36 kPa, 
suggesting that the bag tension is an important factor 
in corner part defect formation.  

4 Corner test part experiments 
The following section describes a series of 
experiments used to quantify the detrimental effects 
of compaction pressure loss on part quality. 

In order to quantify the quality of three-dimensional 
parts, 90° L-channel coupons were manufactured 
using the VARTM method. The dimensions of the 
specimens are shown in Fig 11. The effects of the 
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following three parameters on corner thickness, and 
the presence of a void were examined through 
experiment: 

• Corner radius: The radius of the part corner 
could affect the defects present within that corner. 
Corner radii of 1.6 mm, 3.2 mm, 6.4 mm, and 
12.7 mm were tested to determine the effects of 
corner radius on manufacturing defects. 

• Inside or outside corner: Whether the preform 
was located on the inner or outer surface of the 
corner mould potentially affect the presence of 
manufacturing defects. Coupons were 
manufactured with both inside and outside 
corners to examine this effect. 

• Bagging method: Interactions between the 
vacuum bag and preform could potentially cause 
defects within corner parts. To investigate the 
effects of bagging technique a silicone bag, 
which replicates the method currently used by the 
LCC group; and a high-elongation Stretchlon bag, 
with silicone pressure enhancers in the corners 
were tested. 

These test series were used to determine the effects 
of bagging method, corner type, and corner radius 
on part tolerances, void content, and strength. Parts 
made using both female and male moulds (inside 
and outside corners, respectively) were tested to 
eliminate the effects of fibre wrinkling on thickness 
measurements; outside corners will wrinkle, but will 
not experience losses in compaction. Therefore, the 
effects of compaction pressure loss could be isolated 
by comparing inside corner measurements to those 
taken on the corresponding outside corner. 

4.1 Bagging technique 
The following section describes the custom silicone 
bagging technique currently used by LCC 
researchers, as well as a novel bagging technique 
that has been developed to reduce the formation of 
corner defects. 

4.1.1 Custom silicone bag 
The reusable custom silicone bagging technique was 
developed as an alternative to one-time use vacuum 
bags and was designed to allow complex three-
dimensional shapes to be manufactured with less 
variability and defects. Because each bag is custom 
made, it will be able to conform to details within the 
part with a high degree of accuracy. The 
disadvantage of using this method is that fabricating 
custom silicone bags is a time-consuming process, 
with expensive consumables [2]. 

4.1.2 Stretchlon bag with pressure enhancers 
A method for bagging complex parts was developed 
using Stretchlon vacuum bagging material instead of 
the custom silicone bag. Stretchlon bag is made from 
a thermoplastic polyester elastomer from Hytrel 
[9,10], and is designed to be extremely flexible, with 
a 600% elongation before rupture [12]. The high 
elongation will allow the Stretchlon bag to conform 
to complex geometries, without the use of a custom 
bag. In the new method, pressure enhancers were 
used in part corners to relieve any tension that may 
develop in the bag and cause defects associated with 
bag tension due to preform compaction (shown in 
Fig. 4). Furthermore, these pressure enhancers will 
act as caul plates, ensuring a smooth, uniform finish 
on the part corners. The goal of this method was to 
eliminate some of the defects found when using the 
silicone bagging technique, but with much less 
preparation time and cost. The placement of pressure 
enhancers in the layup is shown in Fig. 12. 

4.2 Layup 
When selecting the fibre layup for the corner test 
parts, the following two requirements were 
considered: 
1. The test layup must be representative of what 

will be used on components that will be 
constructed for the GeoSurv II. The following 
three GeoSurv II components were considered by 
the LCC group: 

a. The GeoSurv II fuselage was constructed 
out of 1-8 plies of woven carbon fibre, the 
majority being 1-3 plies. These plies 
contained balanced combinations of (0°,90°) 
and (45°,-45°) plies. 

b. The GeoSurv II hatch covers were 
constructed from 2 plies of woven carbon 
fibre with the following ply orientation: 
[(0°,90°),(45°,-45°)]. 

c. The GeoSurv II empennage will be 
constructed from 1-3 plies of woven carbon 
fibre. 

2. The test layup must be thick enough that the 
effect of preform compaction on bag tension will 
be apparent; thin preforms will not display local 
thickness variations as prominently as thicker 
preforms. 

A three-ply layup of 8 harness satin BGF 94107 was 
selected with a [(0°,90°),(45°,-45°),(90°,0°)] 
orientation. This layup is representative of layups 
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that have been used in the fuselage and hatch covers, 
as well what will likely be used on the empennage. 
Furthermore, it is thick enough that any thickness 
variations in corners will be apparent. 

4.3 Manufacturing of corner test parts 
Three sets of corner test parts were manufactured for 
each bagging technique, for a total of 48 specimens. 
The corner test parts were then cut to the final shape 
with the dimensions shown in Fig. 11.  

Fig.  13 shows an example of the layup and bagging 
method used when manufacturing the Stretchlon test 
parts. The yellow tacky tape used to seal the mould 
can be seen around the edges of this layup, and was 
placed between the bag and the mould. In the 
silicone bag layup, however, this tacky tape was 
placed on top of the bag and sealed against the 
mould face to replicate the method used on the 
GeoSurv II fuselage. 

5 Results 
The following section describes the measurement of 
part thickness and corner void defects, and presents 
the data for the corner test parts. 

5.1 Presentation of data 
When presenting the data gathered in the corner test 
experiments, the specimens were grouped in the 
following manner: 

• By corner type and bagging method. Each group 
contained 12 specimens. 

• By corner radius. Each group contained 12 
specimens. 

The average and standard deviation of thickness 
variation for the specimens in each of these groups is 
presented in the following three sections. The error 
bars on each plot show one standard deviation. 

5.2 Thickness variability in corner test parts 
The theoretical thickness of the layup under 
atmospheric pressure was determined to be 1.2 mm 
using  Eqn. 1 and Eqn. 2. The thickness of the corner 
test parts was measured at various locations, and 
compared to this experimental value. The effects of 
bagging type, corner type, and corner radius on 
thickness are presented below. 

5.2.1 Measurement method 
Digital calipers were used to take measurements at 
various distances from the mid- point of the corner 

of each part. Six measurements were taken in the flat 
sections of each specimen, far away from the corners. 
In the specimens with a 1.6 mm corner, one 
thickness measurement was taken at the midpoint of 
each corner due to the corner's small size. In every 
other specimen, four thickness measurements were 
taken at fixed locations around the part corner. 

5.2.2 Effects of corner type and bagging method on 
part thickness 

Fig. 14 shows the effect of corner type on the 
thickness measurements for each bagging type. The 
thicknesses are expressed as a percent increase 
compared to at section measurements in Fig. 15. 
These measurements show that in both the flat 
sections, and outside corners, the thickness of both 
the Stretchlon bag and silicone bag is quite close to 
what was predicted, although the parts made using 
the Stretchlon bag were slightly thicker than those 
made with the silicone bag. The standard deviation 
of thickness in both the flat sections and outside 
corners is not significantly affected by bagging type. 
The standard deviation was slightly higher in outside 
corners than in the flat section, which can be 
attributed to wrinkles forming in the preform. 

The thickness measured in the inside corners, and 
the standard deviation of thickness was significantly 
higher in the inside corners for parts made using 
both the Stretchlon bag and silicone bag when 
compared to the measurements taken in the flat 
section. The parts made using the silicone bag 
displayed less thickness increase, and less variation 
in thickness than those made using the Stretchlon 
bagging system. 

5.2.3 Effects of corner radius on part thickness 
Fig. 16 shows the average and standard deviation of 
thickness for the four different corner radii. Corners 
between 1.6 mm and 6.4 mm had similar standard 
deviations and average thicknesses, although a 
decreasing trend was observed with corner radius. 
The 12.7 mm corners, however, had an average 
thickness that was equal to the theoretically 
predicted flat-panel thickness. The 12.7 mm corners 
also had a standard deviation of 0.135 mm, which is 
less than the at section standard deviation of 0.146 
mm. This implies that the thickness of the part in the 
12.7 mm corner was not affected by the presence of 
the corner. 
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5.3 Corner defects in test parts 
The presence of void defects in each part was 
quantified using the method described below, and 
the effects of corner type, bagging type, and corner 
radius are presented. 

5.3.1 Measurement method 
When quantifying the part defects, the presence of a 
corner void visible to the naked eye, regardless of its 
size, was recorded. To quantify the corner defects 
produced by each method, the fraction of parts 
containing a corner surface void of any size was 
calculated. 

5.3.2 Effects of corner type on part void content 
The fraction of parts containing a corner void is 
shown in Fig. 17 for different corner types and 
bagging methods. Parts containing outside corners 
had the lowest chance of containing a corner void, 
and this was not dependent on the bagging method. 
A much higher fraction of parts containing inside 
corners were found to contain corner voids. Of the 
inside corner parts, those made using the silicone 
bag had a much higher chance of containing a corner 
void than those made using the Stretchlon bagging 
method. 

Even though the silicone bag was able to provide 
more compaction pressure in the inside corners, a 
higher fraction of parts made using this method 
contained a void. This suggests that compaction 
pressure is not the most significant factor when 
determining void content. This discrepancy could 
have been caused by a poor seal between the silicone 
bag and the mould. The silicone bag was sealed by 
placing the tacky tape outside the bag to mimic the 
method used on the GeoSurv II fuselage, and this 
method does not provide as good a seal as the 
traditional method of placing the tacky tape 
underneath the bag. If more air was able to enter the 
bag and become trapped in the corners, this could 
have lead to the higher void content seen in the parts 
made with the silicone bag. 

5.3.3 Effects of corner radius on part void content 
Fig. 18 shows the fraction of parts of the four 
different radii that contained a corner void. Parts 
containing a smaller radius were much more likely 
to contain a corner void, with the most significant 
decrease taking place between 1.6 mm and 3.2 mm. 
The 12.7 mm radius corners had the lowest 
likelihood of containing a corner void, at 18%. 

6 Conclusions 
Loss of compaction pressure was proposed as a 
possible cause of the thickness variations and void 
content commonly found in parts made using a 
VARTM infusion. The compaction pressure was 
experimentally measured in various locations in 
preforms containing complex, three-dimensional 
shapes, and found to decrease by as much as 68% in 
inside corners, suggesting that compaction pressure 
loss is a significant cause of manufacturing defects. 
A compaction pressure loss of 61% was predicted 
using a theoretical approach, suggesting that bag 
tension is a significant factor in corner defect 
formation 

The effects of the presence of a corner on part 
thickness, and corner voids were studied for two 
different bagging techniques. The radius of the 
corner was found to have a significant effect on 
thickness variations and corner voids. By far the 
greatest increase in performance occurred in the 12.7 
mm radius specimens. However, it will not always 
be feasible to incorporate such a large radius into all 
composite designs, and significant improvements in 
compaction pressure, void content, and strength 
were present in radii 3.2 mm and larger.  

Parts manufactured using the silicone bag tended to 
have better compaction and have less variability than 
those made using the Stretchlon bag and pressure 
enhancers. However, parts manufactured using the 
Stretchlon bagging technique had a much lower 
likelihood of containing voids in the vicinity of the 
corner. This was attributed to the ability of the 
Stretchlon bag to form a better seal against the 
mould surface, allowing less air to enter the cavity. 

Based on these experiments, the silicone bagging 
technique will, in general, produce parts with higher 
strength and tighter tolerances. However, this 
technique tends to lead to voids in small part details, 
so if a high-quality surface finish free of voids is 
required, the Stretchlon bagging technique with 
pressure enhancers is a more appropriate solution. 

Based on the void measurements, outside corners 
contained relatively few voids whereas inside 
corners contained more. The Stretchlon bag with 
pressure enhancers reduced the presence of voids 
compared to silicone. Corner radii of 3.2 mm or 
greater greatly decreased the chance of corner voids 
forming. 

The experimental results can be used to optimize 
part design to minimize defects in the VARTM 
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A STUDY OF THE QUALITY OF COMPLEX PARTS MADE USING 
THE MOULDLESS VARTM METHOD 

process. For example, if parts with minimal 
thickness variations are required, a silicone bag with 
a 12.7 mm minimum inside corner radius should be 
used. If parts with minimal void content are desired, 
a Stretchlon bag with pressure enhancers, and a 
minimum inside corner radius of 3.2 mm should be 
used. 

 
Fig. 1. GeoSurv II UAV 

 

 
Fig. 2. The mouldless VARTM process 

 

 
Fig. 3. Corner void defect in the GeoSurv II fuselage 

 

 
Fig. 4. Corner defect creation due to bag tension 

 

 
Fig. 5. Corner defect creation due to bridging 

 

 
Fig. 6. Corner defect creation due to fibre wrinkling 
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Fig. 7. Sum of forces acting on vacuum bag in part 
corners 

 

 
Fig. 8. GeoSurv II fuselage during infusion 

 

 
Fig. 9. Instrumentation of fuselage vacuum bag 

 

 
Fig. 10. Pressure sensor reading during infusion 
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THE MOULDLESS VARTM METHOD 

 
Fig. 11. Corner test part dimensions 

.  

 
Fig. 12. Placement of pressure enhancers in layup 

 
 

 
Fig. 13. Corner test part manufacturing 

 
 

 
Fig. 14. Average part thickness with corner type and 

bagging technique 

 

 

Fig. 15. Percent change of part thickness with corner type 
and bagging technique 
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Fig. 16. Average part thickness with corner radius. Error 

bars show one standard deviation 

 

 
Fig. 17. Effects of corner type and bagging technique on 

corner defects 

 

 
Fig. 18. Effects of corner radius on corner defects 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Advanced structural analysis methods that account 

for the actual condition of composite parts are 

needed to enable accurate assessment of their 
durability and enhance current design and 

maintenance practices. Inadequate manufacturing 

process for carbon/epoxy and glass/epoxy composite 
structural components could be manifested as 

porosity or voids. The defects may significantly 

impact performance and life of these components 

[1]. As such, they must be accurately measured and 
measurements must be converted into structural 

models to assess the effects of defects on static and 

fatigue behavior. Recent advances [2] in high-
resolution non-destructive evaluation (NDE) 

methods such as 3D X-ray Computed Tomography 

(CT) lead to fundamental change in defect analysis 
methods by allowing high-fidelity detection of 

defects in composites and automatic transition of the 

defect information to structural analysis models. 

The main objective of this work is to present a 
structural analysis methodology that accounts for 

porosity defects in composite parts under static and 

fatigue loading, and enables accurate assessment of 
their capability and remaining useful life. While 

most of the existing works estimated structural 

performance from the total porosity volume [1, 3], 

this work introduces the combination of accurate 
assessment of an individual part condition, structural 

modeling and analysis, including fatigue life 

prediction. The first technical challenge in this 
approach is the ability to accurately measure the 

defects in three dimensions and use the non-

destructive measurements in automatically generated 
structural models. The second technical challenge is 

the development of structural methods able to utilize 
the results of NDE to predict static and fatigue 

behavior of the structure. 

This methodology is illustrated by refining the 
interlaminar tensile (ILT) material properties 

obtained in the curved-beam tests. ILT strength 

(ILTS) and fatigue S-N curve are essential material 
properties for the development of the analysis 

methods able to predict the onset of delamination [4, 

5], which is one of the primary modes of failure for 

aerospace structures. However, the ILT properties 
are among the most difficult to characterize due to 

their extreme sensitivity to manufacturing defects 

such as porosity [6]. This work proposes the 
integration of static and fatigue tests for 

unidirectional curved-beam specimens with 

measurements by X-Ray Computed Tomography 
and structural modeling and analysis to determine 

reliable ILT strength and S-N curves. The porosity-

free interlaminar tensile properties are generated for 

the Hexcel IM7/8552 composite tape system. The 
ILT fatigue properties complement the interlaminar 

shear fatigue properties of tape composites [7] to 

establish a more complete set of the basic material 
properties needed for prediction of the fatigue 

delamination onset. 

2 CT Techniques for Porosity Detection 

Micro-focus computed tomography is a proven non-
destructive evaluation technology enabling three-

dimensional measurement of manufacturing defects, 

including porosity / voids [2]. An industrial CT 
system with a 225 KV micro-focus X-ray tube and 

Varian 4030E series flat panel detector, built by 

North Star Imaging, Inc. was utilized in this work. 
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The system is able to detect porosity defects of less 

than 20 μm in size for coupon-sized articles.  

The defects are detected by image processing 
techniques applied to cross-sectional CT slices of the 

3D volumetric model reconstructed in the efX-CT 

software by North Star Imaging. Estimation of 
shapes and sizes of voids is performed by the 

Numerical Technology Company software. The 

software applies binary threshold transformation 

based on the pixel intensity found at the local 
minimum between air and material peaks on the 

pixel histogram (representing number of pixels at 

given intensity); and uses object labeling and 
elliptical fitting for void measurements and total 

porosity volume calculations. Figure 1 shows results 

of automatic void identification in a unidirectional 
Carbon/Epoxy composite curved-beam specimen. In 

this particular example, elliptical fits are performed 

in the cylindrical coordinate system associated to the 

radius area of the curved-beam specimen. 

 

Figure 1.  Detected voids (in red) in unidirectional 

Carbon/Epoxy curved-beam specimen. 

Voids in unidirectional curved-beam specimens 
typically have the largest aspect ratio in the fiber 

direction, and void thickness is usually the smallest 

dimension. The detection method presented in this 

work uses slice images that represent virtual sections 
parallel to nominal fiber direction (cross-sections). 

In these images porosity / voids can be seen as thin 

curved dark areas along the composite plies that 
often degenerate into noodle-like shapes. 

In author’s experience, the scanning technique 

optimized for accurate porosity detection needs to 

minimize resolution, focus distance and beam 
hardening artifacts while maximizing contrast.  

Resolution of the scan is determined by the ratio of 

detector pixel pitch (0.127 mm for Varian detector 
used in this work) and geometric magnification 

factor of the scan, which is in turn determined by the 

size of the detector and size of the area of interest. 

CT scans accomplished in this work were done at 
10.5x magnification resulting in 0.5×10

-3
 in (12 μm) 

scan resolution. 

Another important consideration is maintaining 
minimal focus distance of the scan. Increase in X-

ray tube voltage or current is limited by the de-

focusing of the tube that is proportional (in 
millimeters) to the electron-beam generating power, 

a product of the tube voltage and current. By using 

40 kV tube voltage and 400 μA target current at 0.5 

frames per second, focus distance was kept at the 
order of scan resolution while maintaining high 

contrast. 

Filtering of low energy protons by means of beam 
filter is typically recommended for reducing artifacts 

attributed to beam hardening. In this work this 

technique was not implemented as apparent artifacts 

were small and the minimal tube voltage was kept to 
avoid any de-focusing. 

3 Effects of Porosity / Voids on the Interlaminar 

Tensile Performance 

The ILT material properties are usually the weakest 

basic structural properties of a laminate composite 

system. Accurate measurements of the ILT 
properties are essential for the development of the 

failure criteria able to predict delamination failure 

[4, 5]. However, the ILT properties of composites 

have been among the most difficult to characterize. 
One of the major barriers to accurate determination 

is the extreme sensitivity to manufacturing defects 

including porosity. Porosity defects usually result in 
a large scatter in the material characterization test 

results. Therefore, test results may be coupon-

independent and reflect the manufacturing quality 
rather than coupon-independent material properties. 

The curved-beam test configuration is currently used 

in the American Society for Testing and Materials 

(ASTM) Standard D 6415 [6] to measure the ILTS 
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of fiber-reinforced polymer-matrix composites. 

Figure 2 shows a typical four-point bending test 

setup for the ASTM D 6415 curved-beam test. 
Curved-beam specimens with uniform radius and 

thickness are challenging to manufacture due to the 

difficulty in maintaining high compaction pressure 
during the curing process; and manufacturing 

defects including porosity are usually present in the 

radius area. The curved-beam test was used in this 

work for evaluation of the effect of porosity on the 
interlaminar tensile strength and the interlaminar 

tensile fatigue properties. 

 

Figure 2.  Four-point bending test for curved-beam 
specimen.  

Thirty 36-ply thick IM7/8552 Carbon/Epoxy 

unidirectional curved-beam specimens were 
manufactured per ASTM D 6415 specifications [6]. 

The specimen width was reduced from 25.4 mm (1 

in) to 12.7 mm (0.5 in) to increase the number of test 

specimens. The reduction was based on the previous 
static tests by the authors that demonstrated that 1-

inch and 0.5-inch wide curved-beam specimens 

resulted in similar ILTS values and scatter. Ten 
coupons were tested under quasi-static loading and 

twenty coupons under cyclic loading at 0.1 load ratio 

and 5 Hz frequency. Static and fatigue tests were 
conducted until failure occurred. For both static and 

fatigue tests, the failure mode was identified as 

delamination failure that initiates in the radius area 

and quickly propagates to the legs of the specimens. 

Interlaminar tensile strength 

Failure loads and ITLS values obtained for the ten 

specimens tested per ASTM D 6415 are listed in 
Table 1. An average ITLS of 72.5 MPa (10.5 ksi) 

was obtained with a 26.5% COV. The average ILTS 

obtained is significantly lower compared to the 

116.5 MPa (16.9 ksi) value generated based on 

recently developed short-beam tests [8]. The 26.5% 
COV is more than eight times higher compared to 

the 3% COV reported in the ILTS from the short-

beam tests.  

Table 1.  Failure load and ASTM D 6415 ILTS for 
IM7/8552 Carbon/Epoxy curved-beam specimens. 

 

The ILT short-beam test is a derivative of the short-

beam test methodology to measure multiple material 

properties [7]. To measure the ILTS, six short-beam 
specimens were machined in the thickness direction 

from a 106-ply thick IM7/8552 Carbon/Epoxy 

unidirectional tape panel [8]. The cured ply-
thickness was approximately 0.183 mm (0.0072 in) 

resulting in 19.4-mm (0.76-in) panel thickness 

corresponding to the specimen length.  The short-
beam specimens were placed in an ASTM D 2344 

test fixture [9]; and loaded in the 2-3 principal 

material plane in an electromechanical load frame at 

a constant 0.05 in/min crosshead displacement rate 
till failure. The fiber direction is denoted as 1; the in-

ply transverse direction as 2; and the laminate 

thickness direction as 3 (interlaminar direction). The 
failure mode was a tensile delamination at the 

maximum ILT stress location which was at a surface 

in the center of the short-beam specimen. A 116.5 
MPa (16.9 ksi) average ILTS was calculated and a 

low 3% COV was observed [8].  

Interlaminar tensile fatigue S-N curve 

Twenty curved-beam specimens tested under cyclic 
loading were used to generate the ILT fatigue S-N 

Specimen 
Failure Load, 

kN (lbs) 

ILTS, 

MPa (ksi) 

1 2.24 (503) 83.4 (12.1) 

2 1.34 (302) 52.3 (7.6) 

3 1.89 (425) 70.3 (10.2) 

4 2.61 (586) 92.8 (13.5) 

5 1.27 (286) 50.0 (7.3) 

6 0.93 (210) 37.7 (5.5) 

7 1.85 (416) 68.8 (10.0) 

8 2.47 (555) 94.6 (13.7) 

9 2.45 (550) 93.9 (13.6) 

10 2.06 (463) 81.5 (11.8) 

Average 1.91 (430) 72.5 (10.5) 

COV 28.2% 26.5% 
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curve corresponding to a 0.1 load ratio. The ILT 

peak stress was calculated from the closed-form 

approximation given in ASTM D 6415 [6]. The 
deformed shape used for the stress calculation was 

obtained from the static application of the peak load 

prior to fatigue testing. The S-N curve was generated 
by plotting the ratio of the ILT peak stress and the 

ILTS against the log of the number of cycles to 

failure.  The 72.5 MPa (10.5 ksi) ILTS value 

obtained from the ten ASTM D 6415 curved-beam 
tests was used. The ILT S-N curve and the least-

squares fit for the power-law are illustrated on 

Figure 3.  A large scatter with a low R
2
 value of 0.34 

is reported. 

 

Figure 3.  ILT S-N curve for IM7/8552 
Carbon/Epoxy tape based on application of ASTM 

D 6415 closed-form stress approximation 

Post-failure CT inspection 

Post-failure CT scans of the static and fatigue 

curved-beam specimens showed that the 

delamination failure could be related to the presence 

of individual voids at critical location. Figure 4 
shows typical cracks in the failed static and fatigue 

specimens.  

The CT scans show that the delamination cracks 
typically pass through the longer voids located in the 

radius area of the curved-beam specimens. In 

particular, the presence of large individual critical 
voids explained that in several specimens the 

delamination crack was located relatively far away 

from the theoretical radius of maximal ILT stress 

(about 60% of the thickness). It is worth noting that 
the porosity content in the curved-beam specimens 

was low, e.g. the porosity content in the laminate 

thickness-based 0.26 x 0.26 x 0.26 in3 (6.6 x 6.6 x 

6.6 mm
3
) cube volumes throughout the CT scans in 

the curved-beam radius area was less than 0.12%. 

Therefore, the large scatter and reduction in the 
failure loads are related to the presence of the 

individual voids at critical locations, rather than to 

the porosity volume. 

 

Figure 4.  Delamination crack passing through large 

voids in the curved-beam specimens failed under 

static (top) and fatigue (bottom) loading. 

This analysis shows that porosity volume alone is 

not sufficient for describing the effects or severity of 

voids.  Indeed, a single large void present close to 

the mid-plane in the curved-beam radius area is 
worse than a few dispersed smaller voids that add up 

to the same total volume. Ref. [10] also shows that 

the porosity volume often does not correlate well 
with the degradation of structural performance and 

documents a significant statistical relationship 

between fatigue life and the presence of large voids 
in composite specimen.   

4 Structural Analysis of Porosity/Void Defects 

Post-failure CT scans showed that the interlaminar 

delamination failure in the curved-beam specimens 
can be related to the presence of an individual void 
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at a critical location. Combined effects of the void 

geometry and position can be captured by the FE 

analysis of the stress concentration near the critical 
void.  

Computational models are implemented in the 

ABAQUS finite element software [11]. CT 
measurements are transferred to FE models by using 

ABAQUS scripting capability to automatically build 

a structured three-dimensional local mesh of the 

volume around the critical void. Voids are 
represented by a tri-axial ellipsoid defined by the 

thickness and two aspect ratios in the fiber and width 

directions as shown in Figure 5.  

  

Figure 5. 3D structured FE global model of the 
curved-beam coupon and local sub-model of a 

critical void. 

Linear 8-noded hexagonal 3D elements with reduced 

integration scheme (C3D8R) were used in both 
models. Typical total number of degrees of freedom 

(DOF) in the local model was in the 500K-800K 

range. Mesh refinements were defined around the 
void and convergence of local stresses was verified. 

Displacements from the global model of the curved-

beam specimen at failure load were applied as 

boundary conditions for the six faces of the local 
model volume. FE mesh for the global model is 

illustrated in Figure 5 and includes a total of 560K 

DOF using the C3D8R hexagonal elements. 
Frictionless contact was defined between the 

specimen and the support rollers modeled as 

analytical rigid surfaces; and the non-linearity due to 
large displacements was included.  

Interlaminar stress concentration develops at the 

edge of the critical void and initiates delamination 

failure. Stress-based failure prediction in the 

presence of large stress gradients require inspection 

of stresses (or spatially averaged stresses) at a 
characteristic distance that could represent some 

gage length related to failure. The concept of using 

characteristic distance to determine failure of 
composites in the presence of stress concentrations 

has been proposed in Ref. [12]. The same work 

introduced the point-stress and average-stress failure 

criteria, where failure is determined by stresses at a 
finite characteristic distance or stresses averaged 

over a characteristic distance in the stress 

concentration region.  

These methods can be applied to the analysis of the 

ILT stress concentrations that develop at the critical 

voids under the application of a failure load found in 
tests of curved-beam specimens. Once the defect 

information has been transferred into FE models and 

their effects captured through FE analysis, the 

defect-free material allowables can be obtained from 
the curved-beam tests.   

5 Refinement of Interlaminar Tensile Properties 

The point-stress and average-stress methods were 
applied to the stress concentration analysis of the 

curved-beam specimens tested. For all specimens, 

critical voids were identified in the CT scans before 

specimen failure and confirmed as the origin of the 
delamination crack in the corresponding post-failure 

CT scans. The CT data was transferred into local FE 

models. 

Interlaminar tensile strength 

For the ten specimens tested under static loading, the 

failure load found in tests was applied to the global 
FE model to determine the displacement boundary 

conditions for the local FEM model. In the point-

stress method, the ILT stresses obtained from the 

local FE analysis of the critical void model are 
plotted for each specimen as a function of the 

distance from the location of maximum stress 

concentration at the void’s surface. In the average-
stress method, the spatial average of the ILT stresses 

was considered. At each distance value, the COV of 

the point-stress and the average-stress data were also 
plotted. By examination of the COV dependence on 

the distance from the void, a unique and distinctive 

minimum point was identified as illustrated in 
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Figure 6. The distance corresponding to the 

minimum COV can be considered as the optimal 

characteristic distance; and that distance has been 
used to determine the refined the ILTS value. The 

characteristic distance of 19 μm (7.3×10
-4
 in) was 

reported for the point-stress method and 89 μm 
(3.5×10

-3
 in) for the average-stress method. 

 

 

Figure 6. Definition of the characteristic distance 
and the interlaminar tensile strength using the point-

stress (top) and average-stress (bottom) methods. 

The average ITLS values are 124.3 MPa (18.0 ksi) 

for the point-stress method and 110.4 MPa (16.0 ksi) 
for the average-stress method. These values agree 

very well with the 116.5 MPa (16.9 ksi) ILTS 

obtained from the short-beam tests described in 
Section 3. The COV in ILTS calculations based on 

the point-stress and the average-stress methods are 

only 2.1% and 3.2% compared to the 26.5% COV in 
the ASTM D 6415 stress calculation. The low scatter 

and consistency found in the refined ILTS 

calculations show that the methodology enables the 

integration of the effects of defects in the assessment 

of the ILT performance and suggest that the ILTS 
obtained is appropriate as pristine (free of defects) 

material property. 

Interlaminar tensile fatigue properties 

The defect analysis was also applied to assess the 

peak stresses of the curved-beam specimens failed in 

fatigue in order to refine the ILT S-N curve 

previously obtained from the ASTM D 6415 stress 
approximation. For each of the 20 fatigue curved-

beam specimen tested, critical voids were detected 

using the measurement techniques described in 
Section 2 and measurements were transferred to the 

local FE models of critical voids. Global 

displacements from the global model at peak fatigue 
test loads were applied as boundary conditions for 

the local models. For the point-stress method, the 

peak stress was found as the ILT stress at the 19 μm 

(7.3×10
-4
 in) point-stress characteristic distance 

obtained from static tests. Similarly, for the average-

stress method, the ILT stress was averaged over the 

89 μm (3.5×10
-3
 in) characteristic distance. The ILT 

stresses at the peak fatigue loads were normalized by 

the respective refined ITLS; and plotted against the 

log of the number of cycles to failure to generate the 

ILT S-N curves.   
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Figure 7. ILT S-N curves refined by point-stress 

(top) and average-stress (bottom) methods. 

The S-N curves obtained for both methods are 
presented in Figure 7. The Figure lists the power law 

coefficients obtained from a least-squares fit of the 

test data. Both S-N curves are similar, with less than 
2% relative error in the power law exponent. The 

refined exponent more than doubles the exponent of 

the fatigue curve based on the ASTM D 6415 ILT 

stress approximation shown in Figure 3. An R
2
 value 

of 0.92 is reported for the results obtained by the 

point-stress method, and R
2
=0.94 for the average-

stress method. These values should be compared to 
the R

2
=0.34 obtained in Figure 3, where the effects 

of defects have not been integrated. The improved 

correlation coefficients and consistency of the 
refined S-N curves shows the method’s potential to 

capture the effect of porosity on the ILT fatigue 

performance. 

6 Conclusions 

Manufacturing defects can severely deteriorate 

matrix-dominated properties of composites, resulting 

in degraded strength and fatigue structural 
performance. Although it might not be practical to 

eliminate all the defects in a composite part, it is 

possible to avoid assumptions of the worst-case 

scenario and address improved part durability and 
damage tolerance once the defects and their effects 

are captured. Advanced technology to measure the 

defects and understand their effects on structural 
performance could potentially enable a fundamental 

shift to accurate assessment of condition for 

composite parts. Our goal is to develop such 
technology and make it the industry standard 

practice for structural diagnostics in the existing and 

emerging composite aircraft platforms. 

In this work we demonstrated that (1) accurate three-
dimensional non-destructive measurement of 

porosity/voids defect location and size can be 

achieved using X-ray CT-based technologies; and 
(2) structural analysis models built by the automatic 

transition of the defect information into a finite 

element mesh lead to accurate characterization of the 

effects of defects. The methodology and models 
demonstrated on relatively simple material scale 

composite test articles show that current 

accept/reject criteria based on the defect volume 
percentage approximations in the part volume are 

not adequate. That is a single defect present at the 

critical location could be more harmful than multiple 
defects present throughout the part. In particular, it 

was demonstrated that specimens with low porosity 

content (less than 0.2% volume) were susceptible to 

large strength degradation (more than 50%) due to a 
single void located in the critical area.   

The methodology based on integration of non-

destructive measurements of porosity in the failure-
critical areas and three-dimensional FE stress 

analysis was applied to assessment of the 

interlaminar tensile properties of IM7/8552 Carbon/ 

Epoxy composite. Static and fatigue tests of 
unidirectional composite curved-beam specimens 

typically show large scatter in strength and cycles to 

failure. Analysis of stress concentrations at the 
specimen critical voids has shown that a unique 

characteristic distance could be extracted and used to 

define a gage length related to failure. This 
characteristic distance, combined with the detection 

and measurement of critical voids was used to obtain 

the accurate interlaminar stress at failure initiation 

and refine the closed-form approximation provided 
by ASTM D 6415 Standard. Significant reduction of 

the scatter was demonstrated for the assessment of 

the interlaminar tensile strength and the interlaminar 
tensile fatigue S-N curve, proving the capability of 

the method to capture interlaminar properties of a 

pristine material.  

The potential benefits of the ability to accurately 

measure the material structure and transfer such non-

destructive measurement into structural failure 

models go well beyond the curved-beam problem.  
This work shows that fidelity of the non-destructive 
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inspection needed to quantify the smallest voids that 

would impact structural performance becomes 

extremely important.  Once the engineers know the 
part condition, i.e. critical defect location and size, 

as well as the implications of such defect on the 

residual capability and useful life of the composite 
structure, the long-desired fundamental shift from 

the statistics-based to condition-based structural 

substantiation and disposition decisions will become 

a true reality.    
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1 Introduction  

Various types of polymeric nanocomposites have 

drawn huge attention due to their predisposed 

characteristics to alter the bulk properties of polymer. 

For example, as the size of particulates decreases to a 

nanometer scale, the contribution of interphase region 

on the nanocomposite turns out to be dominant, since 

the ratio of surface area to volume increases 

significantly. Thus the material properties of 

nanocomposites can be improved drastically, which 

is known as the particle size effects [1].  

As far as the particle interfaces of nanocomposites 

are concerned, polymer mobility is of interest. The 

mobility of polymer can be influenced by the 

interaction of polymer chains with the nanoparticle 

surfaces [2]. Moreover, crosslinked networks, strong 

covalent bonds between polymer chains in thermoset 

polymer composites, can lead fundamental changes 

in polymer mobility. Thus the degree of crosslinking, 

known as crosslink ratio or crosslink density, is also 

important factor regarding polymer mobility [2, 3]. 

The interphase of thermoset polymer matrix-based 

nanocomposites can be influenced by embedded 

nanoparticles and crosslink ratios that alter the 

mobility of polymer matrix. Therefore, the 

characteristics of interphase, related with crosslink 

ratios and nanoparticulates, need to be rigorously 

considered when designing thermoset polymer 

nanocomposites. 

In this study, the effect of different crosslink ratios 

and nanoparticle sizes on the mechanical properties 

of nanocomposites is investigated via molecular 

dynamics (MD) simulations and a sequential scale 

bridging method.  

 

2 Molecular Dynamics Simulation Method 

2.1 Representative Crosslinked Unit 

Diglycidyl Ether of Bisphenol F (EPON862) is used 

as the epoxy monomer and Triethylenetetramine 

(TETA) is used as the curing agent. Crosslink ratio is 

defined as the ratio of the number of curing sites of 

TETA to the number of crosslinked sites. Crosslinked 

epoxy networks with different degrees of crosslink 

ratio, 25 %, 41.16 %. 50 % and 61.11 % are 

constructed while keeping the stoichiometric constant 

between EPON862 and TETA. MD simulation 

procedures in this study are conducted with the aid of 

Material Studio
®
 5.5, a commercial software program.  

2.2 Silica/Epoxy Unit Cell 

In total, 16 different unit cells are constructed. Firstly, 

pure epoxy unit cells are prepared, having different 

crosslink ratios that are listed in the previous section. 

Each cell consists of a number of representative 

crosslinked epoxy units to meet a proper cell size.  

A spherical silica (SiO2) particle, having the radius of 

7.18 Å, 8.8 Å and 10.4 Å, is embedded at the center 

of an amorphous polymer matrix that has 4 different 

crosslink ratios. Each matrix of silica/epoxy unit cell 

is also consists of a number of representative 

crosslinked epoxy units, which is set to satisfy the 

same volume fraction, 5.8 % approximately.  

The target density for pure epoxy and silica/epoxy 

unit cell is set to be 1.2 g/cm
3
 and periodic boundary 

conditions are applied to remove surface effects.  ab 

initio Condensed-phase Optimized Molecular 

Potentials for Atomistic Simulation Studies 

(COMPASS) forcefield is applied to describe both 

inter and intramolecular interactions.  
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2.3 Elastic Modulus 

The initial molecular structures are minimized using 

the conjugate gradient method. Then unit cells are 

equilibrated as follows. NVT ensemble at 300 K 

during 200 ps is followed by 2000 ps of NPT 

ensemble simulation at 300 K and 1 atm. The elastic 

modulus of each unit cell is obtained with the 

Parrinello-Rahman fluctuation method. At least, 12 

repetitive simulations for the elastic modulus of each 

cell are conducted in order to enhance computational 

accuracy. The average values of modulus except the 

maximum and minimum value for each case are 

shown in Fig. 1.  

 

3 Results 

3.1 Effect of Particle Size and Crosslink Ratio  

As the size of particles is decreased, the modulus of 

nanocomposites is increased under a fixed crosslink 

ratio as shown in Fig. 1. In the case of pure epoxy 

unit cells, elastic moduli show increasing tendency 

with respect to crosslink ratio. Derived modulus 

results are also in good agreement with the value of 

precedent surveys under same conditions. 

3.2 Modulus Increment Ratio 

It can be clearly found that the increment slope of 

modulus with respect to crosslink ratio is highly 

dependent to the size of nanoparticle. As is depicted 

in Fig. 2, the modulus slopes decrease as the particle 

size decreases since crosslinking reactions condense 

the matrix structure, disturbing to generate a stable 

and stiff interphase zone between the matrix and the 

embedded nanoparticle. 

 

4 Summary 

The mechanical properties of various cases of 

Silica/Epoxy nanocomposites are investigated with 

the aid of MD simulations. A reinforcing effect on 

elastic moduli is observed as particle size decreases 

or crosslink ratio increases. In particular, the 

increasing amount of moduli is closely related with 

the ratio of surface area to volume of embedded 

nanoparticle which is the significant factor to 

elucidate interphase region.  
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Fig. 1. Young’s modulus with crosslink ratio for each 

particle radius 

 

Fig. 2. The rate of modulus increase with crosslink ratio 

for each particle radius 
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1 Introduction  

Unsaturated polyester resins are commonly used to 
manufacture fiberglass composites ranging from 
transportation to consumer products. Most of these 
resins used are diluted with 35-50 volume percent 
styrene monomer. Composites manufacturing 
employees who work with styrenated polyester 
resins are frequently exposed to vapors and possible 
physical contact with the styrene monomer, which is 
classified as a suspected carcinogen, neurotoxin, and 
respiratory tract irritant by the IARC (International 
Agency for Research on Cancer) [1]. The aim of this 
study is to reduce or replace styrene monomer with 
alternate allyl- and vinyl-based reactive monomer 
diluents that are substantially less toxic to human 
health. This hazard reduction-based approach will 
result in reduced potential for worker exposure to 
harmful vapors during the manufacturing process. 
 
2 Background 

2.1 Polyester Chemistry and Polymerization 

Unsaturated polyester resins are a backbone matrix 
chemistry in composites manufacturing industry. 
Figure 1 displays a generic unsaturated polyester 
resin radical polymerization reaction that is initiated 
via a peroxide, resulting in a crosslinked matrix. 
 

 
Fig. 1. Crosslink formation within a polyester resin. 

The formulation of polyester resin involves dilution 
of the polyester immediately after the condensation 
reaction. A typical polyester resin system contains 
polyesters composed of maleic anhydride and 
propylene glycol (50-65 wt%), which is then diluted 
with styrene (35-50 wt%), and then initiated with 
methyl ethyl ketone peroxide (MEKP) (1-2 wt%).  

 
2.2 Driving Forces for Styrene Use in Polyester 
Resins 

Styrene is added to the vast majority of polyester 
resins and is the reactive monomer of choice due to 
cost, availability, processing viscosity, and 
mechanical property considerations. Styrene is 
inexpensive and available in bulk quantities, such 
that styrene dilution of polyesters reduces the cost to 
below half that of higher performance epoxies [2]. 
Styrene is an excellent diluent to achieve proper 
processing viscosity for polyester resins. Simple 
adjustment of the styrene fraction permits wet lay-up 
with woven textiles, as well as spray-up using a 
spray gun nozzle and a fiber chopper. Finally, 
styrenated polyester resins cure at room temperature 
and exhibit better mechanical properties than 
observed for alternate monomer diluents [2].  
 
2.3 Existing Efforts to Increase Safety 

While styrene is preferred from a standpoint of its 
engineering performance, styrene usage has multiple 
associated human health hazards, such as respiratory 
and skin irritation [3]. Styrene also attacks the 
central nervous system if exposure persists over a 
long period of time, leading to possible headaches 
and depression [4]. The greatest industry concern 
focuses on the classification of styrene as a 
carcinogen by IARC [1]. Efforts to address these 
health hazards focus on either (1) the minimization 
of styrene volatilization or (2) the elimination of 
styrene via alternative monomer usage.  

REDUCING USE OF STYRENE MONOMERS IN 
UNSATURATED POLYESTER RESINS 
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In the first approach, styrene is still incorporated into 
resins but human exposure is minimized by the 
reduction of monomer volatilization. Paraffin waxes 
have been added to form a barrier to suppress 
emissions; however, the wax layer will interfere 
with adhesion to other parts if not removed prior to 
bonding [5,6]. A method to reduce the ambient 
concentration of styrene vapor is to use spray guns 
that monitor the amount of resin sprayed. This 
feedback enables employees to not spray excessive 
quantities of resin, thereby reducing the amount of 
styrene in the air [7]. The second approach attempts 
to eliminate exposure to styrene via use of alternate 
chemistries in polyester resins. Despite the appeal of 
resins labeled as “non-styrenated”, many of these 
alternative chemicals possess human health hazards 
similar to styrene. For example, vinyl toluene has 
been used to replace styrene [2]; though it is not a 
known carcinogen, vinyl toluene is strongly 
irritating to both workers’ skin and respiratory tracts 
[8]. There is minimal regulatory movement to ban 
styrene due to its established nature and the lack of 
viable alternatives. Research has been performed by 
the organization MNTAP (Minnesota Technical 
Assistance Program) on current commercially 
available styrene-free resins. One resin that was 
investigated is manufactured by NOVOC LLC. 
Though the resin formulation is proprietary, 
MNTAP reported that employees working with the 
non-styrenated resin were exposed to 250-300% 
greater acetone vapors while exposure to styrene 
decreased by 17-55%. Performance, however, was 
15-25% lower relative to standard styrenated resins 
on a wide range of metrics, including flexural 
modulus [7]. Further investigation determined that 
the resin formulation did not properly impregnate 
the glass fibers, demonstrating the need to consider 
specific chemical adhesion factors, as well as 
increased resin viscosity. The increase in viscosity 
relative to that of typical industry formulations will 
likely result in workers’ excess use of resin, thereby 
not only affecting the mechanical properties but also 
increasing composite structure costs [7]. Table 1 
displays alternative monomers that have been used 
to replace styrene and the health effects associated 
with each monomer. 
 
 

 
 

Table 1. Styrene monomer substitutes in commercial 
formulations 
Substitute	  Monomer	   Health	  Effects	  

Vinyl	  Toluene	  [2,	  8]	   Affects	  central	  nervous	  system/Respiratory	  
irritant/Skin	  irritant	  

Alpha-‐methylstyrene	  
[9,	  10]	  

Animal	  carcinogen/Respiratory	  irritant/Skin	  
irritant	  

Diallyl	  phthalate	  [2,	  
11]	  

	  Possible	  organ	  toxicity/Harmful	  if	  
inhaled/Skin	  sensitizer	  

 
2.4 Material Parameters for Styrene 
Replacement 

In this work, alternative chemicals will be selected 
according to reduced health risk, low cost, and low 
mixture viscosity, while retaining the ability to react 
with the polyester resin. In order to assess the health 
risks associated with the chemicals a green screen 
methodology was used. This approach rates various 
chemicals on a 1 to 4 scale for increasing danger on 
health effect benchmarks. This method will utilize 
the approaches used for the globally harmonized 
system (GHS) [12] and the green screen method 
[13]. For chemicals that pass the green screen, high 
priority is placed on chemical cost due to industry 
reliance on low feedstock prices. The chemicals are 
then screened by viscosity (µ), which should be 
comparable to that of styrene (0.68 cP) in order to 
function as drop-in replacements. Finally, bio-
derived chemicals with a lower environmental 
footprint are given a higher priority. A list of 
example candidates is provided in Table 2. 

 
Table 2. Styrene and Alternate Substitutes 
Chemical Toxicity Cost 

(L-1) 
µ 
(cP) 

Material 
Origin 

Styrene Possible 
Carcinogen  

$34 0.675 Petroleum 

Limonene Oil Non-Toxic $12 0.925 Bio-Derived 
Vinyl 
Neodecanoate 

Likely 
Non-Toxic 

$43 1.1 Petroleum 

Vinyl Laurate Likely 
Non-Toxic 

$59 0.945 Petroleum 

 

2.5 Polyester Resin Manufacturing Process 

Polyester resins are manufactured in large batch 
reactors. Typical industrial polyester resins are based 
on phthalic anhydride and maleic anhydride due to 
their low cost and their excellent yet versatile 
mechanical properties. The selection of the hydroxyl 
component is also dominated by cost, as well as 
reactivity and miscibility; the typical hydroxyl 
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components used in resins belong to the glycol 
family, such as propylene glycol and ethylene 
glycol. It is important to note that glycols also 
impart a low rate of water absorption, which is 
important for the marine industry. The dilution of 
the polyester with styrene monomers while still 
heated is to prevent crystallization of the polymer 
component. If the polyester were allowed to cool, it 
would become a solid and require significant time 
for re-suspension in monomer. Hence, it is 
extremely difficult to purchase a commercial 
polyester without added monomer [2]. 
 
2.6 Generating Gradients in Microfluidics 

Microfluidic devices are increasingly finding use as 
a high-throughput method to rapidly screen analytes. 
Typically, chemical screening of a large range 
chemical compositions requires robotic deposition of 
macro-scale samples or the generation of gradients 
via pipettes that release diffusible substances into a 
common solvent. This method of gradient generation 
entails great difficulty to maintain gradients over 
extended periods of time and requires substantial 
analyte volumes. Microfluidic gradient devices, by 
contrast, are able to be maintain gradients over 
hundreds of micrometers while using microliters of 
analytes [14]. Excellent control over the shape of the 
gradient has been achieved with as few as two 
fluidic inlets. The inlet fluids interdiffuse within the 
hierarchical network, so low flow rates are required 
in order to form a fully mixed gradient. Equation 1 
relates the horizontal width of the fully formed 
gradient, X, to the diffusion coefficient D and the 
experimental mixing time T [14]. 

𝑋𝑋 = 2𝐷𝐷𝐷𝐷  (1) 
Hence, the residence time of the polyester and 
alternative monomer analytes in this work must 
increase quadratically with the width of the 
microfluidic channel. 

 
 
 

3 Experimental 
 
3.1 Approach 

The experimental approach to identify suitable 
styrene alternatives is schematically shown in Figure 
2.  
 

 
Fig. 2. Experimental approach 

 
Alternative monomers to replace styrene are first 
identified based on containing similar chemical 
moieties.  Next, these chemicals are screened for 
their human health impacts, which must be minimal. 
Suitable monomers are then added to unsaturated 
polyesters to verify miscibility. Fully miscible 
formulations are polymerized and, if polymerization 
occurs, DMA samples are fabricated and tested. If 
the DMA specimen demonstrates performance 
comparable to commercial resins, a microfluidic 
device will be used to generate a gradient of DMA 
specimens with varying polyester to monomer ratios. 
This method will rapidly screen which polyester-
monomer composition will perform best. 
 
3.2 Solubility of Monomers and Polyester 

In order to dilute an unsaturated polyester resin, 
chemicals should be appropriately soluble within the  
polyester. The solubility of the alternate monomers 
was initially predicted via solubility parameter 
calculations and then experimentally verified. The 
monomer solubility parameters were calculated via 
the Hansen solubility method. This method 
calculates the solubility contribution due to 
dispersion bonds, polar bonds, and hydrogen bonds 
according to Equations 2 through 4, respectively. Fdi 
is the force due to dispersion bonds, Fpi is the force 
due to polar bonds, and Ehi is the energy due to 
hydrogen bonds. V is the molar volume which is 
calculated based on the molar weight and density of 
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the respective chemical. Equation 5 calculates the 
total solubility of the chemical from the individual 
components [15]. 
 

𝛿𝛿 =    (2) 

𝛿𝛿 =    (3) 

𝛿𝛿 =    (4) 

𝛿𝛿 = 𝛿𝛿 + 𝛿𝛿 + 𝛿𝛿   (5) 

 
If the overall solubility parameter difference (Δδ) 
between a chemical and the polyester of interest is 
≤5 (MJ/m3)1/2, the two components are predicted as 
likely to mix. Smaller values of Δδ correspond with 
an improved likelihood that the chemical and the 
polyester will be soluble [15].  
The calculated solubility parameter and the 
experimental solubility parameter can be sufficiently 
divergent that promising candidates were 
experimentally tested. This approach was performed 
by mixing a small portion of polyester with a 
monomer diluent of 30 to 50 volume percent in a 20 
mL vial. Compositions that did not readily mix at 
room temperature were sonicated for 2 hours. In the 
event that the sample still did not mix, the specimen 
was sonicated for an additional 2 hours at 60 °C. 
 
3.3 Solubility Results 

A sample of a solid, non-diluted polyester was 
provided by Poliver. The polyester is typically 
diluted with styrene monomer to obtain a polyester 
resin. In order to determine if other monomers 
would be similarly miscible, diluent solubility 
parameters were calculated and then compared with 
that of styrene. Though the chemical composition of 
the polyester was unknown due to proprietary 
information, monomers similar in value to styrene 
are likely to be soluble. Monomers with solubility 
parameters within 5 (MJ/m3)1/2 were then mixed in 
the laboratory to verify their solubility. 
Trimethylolpropane diallyl ether, which has been 
previously incorporated into polyester resin 
formulations was soluble [16]. A summary of 
experimental results are provided in Table 3.  
 
 

Table 3.  Solubility calculations and mixing results. 
Monomer Calculated 

Solubility 
(MJ/m3)1/2 

Mixing State 

Styrene 17.68 
 

Mixed 

Limonene 15.27 
 

No mixing 

Vinyl Neodecanoate 16.66 
 

No mixing 

Trimethylolpropane 
Diallyl Ether 

19.25 
 

Mixed  

Trimethylolpropane 
Diallyl Ether + 

acetone 

N/A Mixed  

 
 
Though the trimethylolpropane diallyl ether mixed 
with the polyester, it possessed an extremely high 
viscosity. A common method used to modulate the 
resin viscosity is to add acetone or methanol [7].  
Here, the addition of < 1 wt% acetone to the mixture 
lowered the resin viscosity substantially. The reader 
is advised to note that the polyester-monomer 
formulations ultimately required the addition of 
styrene in order to provide the appropriate mixing 
and curing, which will be further discussed in the 
following section. 
 
3.5 Curing Results 

The polymerization of miscible solutions composed 
of 50 wt% monomer and 50 wt% polyester is 
initiated with the addition of a common peroxide, 
MEKP (methyl ethyl ketone peroxide).  MEKP is 
added at 2 wt% to each of the solutions and results 
in a tightly crosslinked structure for styrenated resins 
(Figure 1). Polymerization results for all of the 
monomers listed in Table 3 are summarized in Table 
4 below. The control specimen with pure styrene 
monomer cured at room temperature. While the 
trimethylolpropane diallyl ether mixtures with and 
without acetone did not cure at room temperature, 
the solutions polymerized under elevated 
temperature conditions at 70°C.  
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Table 4.  Curing Results of 50% solution to 50% 
polyester samples. 

Monomer Percent 
Styrene in 
solution % 

Temp. 
(°C) 

Cure 
State 

Styrene 100% 21 Cured 

Limonene 75% 21 Styrene 
half cured 

Vinyl Neodecanoate 75% 21 Styrene 
half cured 

Trimethylolpropane 
Diallyl Ether 

45% 21 Not cured 

Trimethylolpropane 
Diallyl Ether + 

acetone 

45% 21 Not cured 

Trimethylolpropane 
Diallyl Ether + 

acetone 

45% 70 Cured with 
an oxygen 
inhibited 

layer 

Trimethylolpropane 
Diallyl Ether 

45% 70 Cured with 
an oxygen 
inhibited 

layer 

 
3.6 Viscosity Characterization 

Viscosity of the polyester resin is of critical 
importance to the manufacturing of composites. A 
resin with a high viscosity may clog the nozzle 
during a spray-up procedure, as well as potentially 
result in inhomogeneous distribution of the cured 
matrix. Moreover, elevated viscosity can prevent 
properly wet out of the reinforcement fiber, as was 
observed by MNTAP with commercially available 
styrene-free resin formulations. Alternatively, a resin 
with an excessively low viscosity may migrate from 
the initial application location due to gravitational 
forces. The allyl- and vinyl-based candidate 
monomers in Table 2 are mixed into an unsaturated 
polyester resin (Poliver) from 35 to 50 wt% for 
viscosity observations. The diluent composition for 
each monomer choice is also varied between pure 
candidate monomer to pure styrene monomer in 
steps of ~25% to obtain a viscosity near 500 cP. 
Candidate compositions are first narrowed based on 
simple visual observations of viscosity. Mixtures 
with sufficiently low viscosity are subsequently 

measured under stress-controlled conditions on a 
rheometer (TA Ares G2) fitted with a cone and plate 
geometry. 
 

3.7 Manufacturing of Polyester 

The solubility and polymerization results shown 
above in Tables 3 and 4 are relatively poor. The 
results indicate that for the Poliver polyester, the 
mixture requires at least 50 wt% diluent and that at 
least 50% of this diluent must be styrene to achieve 
suitably low viscosity. Though the styrene content is 
reduced by half, other polyesters may offer a route 
to full elimination of styrene content via improved 
chemical compatibility. Because no alternative 
commercial non-styrenated sources of polyesters 
were found, an effort to manufacture polyester resin 
in the laboratory setting is made. Maleic anhydride 
and phthalic anhydride are typically used in 
industry, so translation of results to commercial use 
would be easier for similarly based polyester resins. 
For this reason and reasons of reactivity and ultimate 
mechanical properties, maleic anhydride is chosen. 
The selection of the hydroxyl component focused on 
ethylene glycol and propylene glycol due to the 
combination of their good reactivity and low cost. 
Ethylene glycol is more hazardous than propylene 
glycol due to the greater reactivity of the primary 
hydroxyl groups in polyethylene glycol relative to 
the secondary hydroxyl groups in polypropylene 
glycol. Moreover, propylene glycol can be derived 
from biological sources, such as corn-starch [17]. 
These toxicity and sourcing factors led to the use of 
propylene glycol in the polyester resin.  The 
polyester resin is manufactured by a stoichiometric 
reaction with equivalent molar quantities of 
propylene glycol and maleic anhydride, which are 
mixed inside a round bottom flask. The flask is 
heated in silicone oil to heat the reaction to 150 to 
180°C. The water produced by the reaction is 
removed via a water-chilled condenser schematically 
shown in Figure 5. The water vapor from the 
reaction migrates to the water evaporation tube and 
then condenses to a liquid.  This water removal 
process is maintained for 12+ hours to drive the 
condensation reaction polymers to higher molecular 
weight.  
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Fig. 5. Experimental setup for manufacturing polyester. 

 
After the chemicals are sufficiently reacted to 
produce long-chain polyesters, the solution is 
purified. Acetone, in which the polyester and 
unreacted monomers are soluble, is used to suspend 
the polymer in solution for removal from the round 
bottom flask. The solution is then diluted with 
methanol, which induced precipitation of the 
polyester while the unreacted monomers are retained 
in the supernatant. The supernatant is removed and 
the purification step is repeated for a total of three 
times. The resulting purified polyester is crystallized 
on the container bottom, from where it is recovered 
for further study and dilution with alternatives to 
styrene monomer. 
 
4 Microfluidic Screening of Chemical 
Compositions 

4.1 Screening of Alternative Chemistries via 
Microfluidics for Mechanical Characterization 

Styrene alternatives must satisfy stiffness and 
ultimate strength requirements for typical composite 
applications. Dynamic mechanical analysis (DMA) 
will be used to characterize mechanical properties of 
various matrix compositions. For chemistries 
identified as promising candidates in the initial 
stages of this work, a range of compositions of 
monomer to polyester are mixed within microfluidic 
channels. Specifically, composition A and 
composition B are displaced from syringes via a 
syringe pump set to a constant flow rate through a 
microfluidic device similar to the schematic seen in 
Figure 6. The fluids flow and diffusively mix under 
laminar conditions to result in a range of predictable 
polyester resin compositions, which subsequently 
fill cavities that correspond to specimen dimensions 
for DMA. This will allow various ratios of monomer 

to polyester to be screened simultaneously. In order 
to verify the percentage of each chemical mixing in 
a channel flow, visualization tests are performed  
using water dyed with rhodamine 6G  and yellow-
yellow-green with fluorescein (Sigma-Aldrich). The 
microfluidic channels are 500 µm in width and are 
fabricated by CNC (computer numerical control) 
micro-milling from a plate of acrylic.  The patterned 
plate is then bonded to a neat acrylic block to 
encapsulate the microfluidic network.   
 

 
Fig. 6. Schematic of microfluidic device to create a 

gradient of DMA specimen compositions. 
 

After the diffusively mixed composite matrix 
samples are cured, they will be removed and require 
dimensioning for DMA. The specimens are post-
processed by polishing with successively increasing 
fine polishing papers (320, 400, 600 grit), and 
calipers are used to verify the width is sufficiently 
constant over the length of the flexural specimens.  
 
4.2 Microfluidic Results 

A microfluidic device was successfully fabricated to 
assess mixing conditions for fluid flows. The 
diffusive mixing was observed via input fluid 
compositions dyed yellow and red (Figure 7) that 
subsequently split and recombine. The fluid 
compositions within the five channels shown in 
Figure 7b increase linearly in red-dye content from 
0% (left) to 100% (right).   
 

 
Fig 7. Fluorescein- (left) and rhodamine-dyed (right) 

water inputs flow at 0.05 mL/min and diffusively mix.  (a) 
View of third generation flow split. (b) View of mixed 

compositions at device exit.  
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The liquid flow rate must be maintained below 
approximately 1 mL/min in order to achieve full 
diffusive mixing within this microfluidic geometry. 
Above this flow rate, the parallel streams have 
insufficient time to fully mix within each generation 
of channels prior to bifurcation at the channel end 
for each generation of the network. Flows of 
polyester resin mixtures demonstrate similar 
behavior, though the concomitant decrease in 
diffusion with increased viscosity requires further 
reduction in flow rates. Flow rates were varied from 
0.05 mL/min to 0.20 mL/min in increments of 0.05 
mL/min. The best diffusive mixing was observed At 
0.05 mL/min, indicating that higher flow rates may 
require narrower network channels. 
 

5 Conclusions and Future Directions 

Alternative monomers to styrene have been 
identified for use in polyester resins based on 
reduced toxicity, viscosity as related to processing 
parameters, and cost. The identified monomers were 
mixed into a commercially available polyester. 
Though the monomers demonstrated limited 
chemical compatibility, styrene content was reduced 
by 50% with trimethylolpropane diallyl ether. Future 
work will continue to synthesize polyester from 
maleic anhydride and polypropylene glycol to 
identify improved chemical solubilities. A gradient 
network microfluidic device was fabricated and 
successfully used to generate five polymer matrix 
compositions for rapid screening. In continuing 
work, DMA specimens will be created from these 
solutions to create a library of resin formulations and 
their associated mechanical properties. These resins 
will then be used to impregnate textiles either in situ 
or ex situ with respect to the microfluidic devices. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction 

Fiber reinforced thermoplastic composites 

belong to a new class of customized composite 

intermediates consisting of reinforcements of carbon, 

glass and aramide fibres and engineering 

thermoplastic polymers to meet a variety of property 

and performance requirements in demanding 

environments [1]. Owing to many advantages of the 

carbon fiber, such as high strength, good electrical 

conductivity, and light weight, carbon fiber 

reinforced thermoplastic (CFRTP) has been used in 

a variety of application fields [2-3]. Especially 

carbon fabric is the most promising for CFRTP 

among various forms of fibres. Fabrics are unique in 

their ability to provide mechanical strength in both 

longitudinal as well as transverse directions. And it 

also offers very good specific strength, thermal 

conductivity [4]. However, CFRTP with fabric has a 

significant drawback regarding the manufacture of 

structural parts. The molten viscosity of 

thermoplastic resins is extremely high compared to 

that of thermoset resins, which makes it difficult to 

impregnate thermoplastic resin into fiber bundles [5]. 

Therefore a key issue is the achievement of good 

impregnation of the fabric with the thermoplastic 

polymers [6-7].  

Conventionally, various methods have been 

used to manufacture the CFRTP such as film 

stacking, powder impregnation and solution 

impregnation. Film stacking and powder 

impregnation are common and easy method to make 

CFRTP [8-10]. However, these two methods cannot 

overcome the problem of poor impregnation. In our 

earlier work, the carbon fabric reinforced 

polypropylene (PP) was fabricated using the film 

stacking method, but PP was not impregnated into 

fiber bundle, as shown Fig. 1 [11]. On the other hand, 

solution impregnation entails solubilization of the 

matrix polymer at a suitable concentration and then 

immersion of the fiber within the solution. However, 

it is difficult to dissolve a large amount of PP in 

common solvents at room temperature because of its 

high solvent resistance and semi-crystalline structure. 

And solvent can be difficult to remove perfectly 

after impregnation and can cause voids [7]. 

 

 
Fig. 1 SEM topographies of the cross section of the 

carbon fabric/PP composites fabricated by 

conventional film stacking method. 

 

The solubility of the PP is low compared to 

other thermoplastics due to the semi-crystalline 

nature of the polymer. The crystals were harder to 

penetrate by the solvent due to the close packing 

found in this phase. And although there exists a 

concentration potential across the crystal/solvent 

layer, once the first fraction of solvent penetrates the 

crystal layer, the solvent starts to act as a barrier to 

keep more solvent from penetrating. On the other 

hand, the amorphous phase is more soluble than the 

crystalline phase [13-14]. Therefore PP can be easily 

dissolved in solvent by increasing amorphous phase. 

Polymer quenching is the representative method to 
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prevent the formation of crystals during the 

solidification process [15].  

In this study, the novel sizing method using the 

PP solution impregnation was proposed to 

improvethe degree of impregnation and interfacial 

characteristics between the carbon fabric and PP 

matrix. The PP sizing agent was fabricated by using 

the liquid nitrogen quenching method to impregnate 

the PP into carbon fiber bundles at the relatively low 

temperature around 50C. After impregnation, the 

carbon fibres was dried by microwave, and the 

surface properties of PP sized fiber were 

characterized by x-ray diffraction (XRD), 

thermogravimetric analysis (TGA) and scanning 

electron microscopy (SEM). The carbon fiber 

reinforced PP composites (CFRPP) were fabricated 

by using film stacking method, and the degree of 

impregnation of PP was evaluated through the 

interlaminar shear strength (ILSS) of the CFRPP and 

SEM analysis. 

 

2. Experimental  
2.1 Fabrication of PP sizing agent 

PP sizing agent was fabricated by using 

isotactic PP (i-PP) (427888, Sigma-Aldrich Co. 

LLC., USA). The i-PP should be dissolved in 

solvent at high temperature because of its high 

solvent resistance. Accordingly, the i-PP was 

dissolved in ortho-dichlorobenzene at 130C for 1 

hour to prepare a solution at 20 wt.%. In the i-PP 

solution dissolved at high temperature, however, re-

crystallization and solidification of PP was easily 

occurred as temperature decreases. Therefore, the 

heated PP solution was quenched by pouring liquid 

nitrogen to maintain the amorphous state of PP at 

low temperature. Quenched PP solution was kept in 

the freezer for 24 hours at -16C to obtain the 

amorphous PP gel [16]. This PP gel comes to be re-

dissolved more easily in solvent and maintained 

amorphous phase in solvent at lower temperature 

compared to i-PP pellet of semicrystalline phase. 

Therefore the PP gel was re-dissolved in ortho-

dichlorobenzene at 50C of minimum dissolvable 

temperature to make the PP sizing agent  In the re-

dissolving process, it is important that re-dissolving 

temperature should be remained constant to prevent 

crystallization by drop in temperature. If ortho-

dichlorobenzene is heated directly, the specific heat 

of ortho-dichlorobenzene is so low that it is tough to 

maintain the temperature of ortho-dichlorobenzene. 

Therefore, PP sizing agent was fabricated by heating 

the solution in water bath for 2 hours at 50C as 

shown in Fig. 2.  

 

 
Fig. 2 Fabrication process of the PP sizing agent. 

 

XRD (X’pert Powder, PANalytical, 

Netherlands) analysis was used to investigate 

crystallinity of the quenched PP gel to assess the 

formation of the amorphous PP gel. 10 wt.% and 20 

wt.% PP solutions were quenched by liquid nitrogen 

and dried them in the vacuum chamber for 12 hours 

at room temperature.  

To check the influence of fabrication process 

of the PP sizing agent on the mechanical properties 

of the i-PP, tensile test with the film type specimen 

was performed by using quenched PP gel and re-

dissolved PP solution. To remove the solvent 

completely, PP gel and re-dissolved solution were 

dried in the vacuum chamber for 12 hours at 30C, 

respectively, and 0.07mm-thick PP film was made 

by using hot press at 220C under 1 MPa. Tensile 

strength of the PP film was measured using a 

universal testing machine (INSTRON 5567A, MA, 

USA) based on the ASTM D638, standard test 

method for tensile test of polymers.  
 

2.2 Sized Fiber Preparation 

The PP sizing agent was applied on PAN-based 

CF fabric (12k plane weave, AKSA, Turkey) already 

sized with bisphenol A diglycidyl ether epoxy by the 

manufacturer. To remove existing epoxy sizing, the 

carbon fabric was heated in the vacuum condition 

for 3hour at 550C. To analyze the effect of de-

sizing process on the carbon fiber, carbon fiber 

surface was investigated by X-ray Photoelectron 

Spectroscopy (XPS) (K-Alpha, Thermo Scientific, 

UK), and tensile strength of the carbon fiber with 

respect to heat treatment time  was measured by the 

single filament tensile test. The tensile strength of a 

single carbon filament was measured using a 

universal testing machine (INSTRON 5567A, MA, 
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USA) based on the ASTM D 3379-75, standard test 

method for high-modulus materials.  

130mm130mm area of carbon fabrics were 

immersed in the PP sizing agent for 10 minutes to 

fully impregnate the carbon fabric with PP sizing 

agent, and the temperature of the sizing agent during 

impregnation remained constant at 50C. And then 

the carbon fabric impregnated with the PP sizing 

agent was dried by using microwave (using an 

effective intensity per unit mass of 12 kW/kg at 2.4 

GHz) for 15 minutes to remove ortho-

dichlorobenzene. Fig. 3 shows a specific diagram of 

the carbon fiber sizing and microwave drying 

process. After microwave drying, analyses with 

XRD and TGA (Thermogravimetric Analysis, Q600, 

TA instruments, USA) were performed to check the 

crystallization state of PP sizing agent and effect of 

residual solvent. TGA samples were heated at 

10C/min from 40C to 600C under nitrogen. The 

degree of impregnation using the PP sizing was 

investigated by SEM (JSM-5900, Jeol, Japan).  

 

 
Fig. 3 Schematic diagram of the carbon fiber sizing 

and microwave drying process. 

 

2.3 CFRPP composite fabrication   

The CFRPP composites were fabricated using 

the film stacking method. i-PP pellets were used to 

make a PP film of 0.2 mm thickness by using a hot 

press. 7 sheets of the PP film and 6 sheets of the CF 

fabric were stacked alternately and then pressed at 

220 °C under 10MPa of pressure for 10 min. Fig. 4 

shows the molding cycle of the CFRPP composite. If 

high pressure is abruptly applied, the PP cannot be 

impregnated into the fabric bundles but squeezed out 

through the inter-layer of the carbon fabric. 

Therefore, pressure was applied steadily during the 

cycle.  

Short beam shear test was performed to 

evaluate ILSS of CFRPP, and cross-section of 

composites was observed by SEM to check 

impregnation state of PP between fibres. The ILSS 

of the CFRPP composites was measured using a 

universal testing machine (INSTRON 5969, MA, 

USA), based on the ASTM D2344. The short beam 

specimen size is about 6.5 mm x 24 mm x 4 mm of 

the width, the length, and the thickness. The loading 

speed was 1 mm/min. The maximum shear stress (τ) 

was calculated according to the following equation: 

 
where Pm is the maximum load during the test 

(N), b is the specimen width (mm), and h is the 

specimen thickness (mm). 

 

 
Fig. 4 Molding cycle for fabricating the CFRTP. 

 

3. Results and discussion 
Fig. 5 shows the XRD patterns of specimens 

with respect to fabricating step for the PP sizing 

agent; PP pellet, quenched PP gel, dried PP gel in 

the vacuum chamber at 30C for 12 hours. 

 
Fig. 5 XRD patterns of the specimens with respect to 

the fabrication step for the PP szing agent. 

 

 The dried PP gel specimens showed the same 

crystal structure with the PP pellet. Crystallinity of 

the PP pellet, 10 wt.%, and 20 wt.%  dried PP gel 
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was 47.5%, 36.2% and 51.6%, respectively. The 20 

wt.% dried PP gel showed higher crystallinity 

compared to the 10 wt.% dried PP gel at the same 

drying condition because of the initial solvent 

concentration difference, In case of the quenched PP 

gel without any drying process, the amorphous state 

was observed. Generally, the amorphous PP cannot 

be obtained from the melted PP phase through the 

ordinary cooling process because crystallization rate 

of i-PP is faster than the cooling rate. In case of the 

PP solution before quenching, solvent already 

penetrated into the polymer chains and they were 

solidified simultaneously during the quenching 

process. Therefore, the stable amorphous state of the 

PP gel is obtained at room temperature [16].   

Fig. 6 shows the tensile test result of PP films 

fabricated by using PP pellet, quenched PP gel and 

re-dissolved solution. Tensile strength of the film 

made of PP gel was similar to that of PP pellet, but 

tensile strength of the film made of re-dissolved PP 

solution slightly decreased by 0.7% compared to that 

of the PP pellet. In the films made of the quenched 

PP gel and the solution, deviation of tensile strength 

increase because the crystallization of the PP was 

occurred unevenly during the film fabricating 

process. 

 

 
Fig. 6 Tensile strength of the PP films with respect 

to fabrication step for the PP sing agent. 

  

To check the influence of heat treatment on the 

carbon fiber to remove the epoxy sizing, chemical 

composition change on the fiber surface and tensile 

strength of the carbon fiber were characterized by 

XPS and single filament tensile test. The XPS 

spectra of the carbon fiber surface, corresponding to 

binding energies between 0 eV and 1350 eV, are 

shown in Fig. 7.  

 

 

 

 
Fig. 7 XPS spectra of CF surfaces with respect to 

heat treatment time; (a) untreated, (b) 1h, (c) 2h, (d) 

3h, (e) 4h. 

 

Table 1. Ratio of C1s to with O1s respect to the heat 

treatment time. 

 
 

The carbon and oxygen peak was mainly 

detected on the carbon fiber surface, and the ratio of 

carbon to oxygen decreased as heat treatment time 

increased as shown in Table 1. This means that the 

epoxy sizing which has high oxygen radical was 

removed effectively. Therefore, sizing removal 

effect was the highest in 4 hours heat treatment. 

However, long heat treatment at high temperature 

could damage to the carbon fiber. Fig. 8 shows the 

single filament tensile test results with respect to 

heat treatment time. The tensile strength of the 

carbon fiber decreased with heat treatment time. The 

tensile strength of the carbon fiber treated for 4 
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hours decreased by 15.8 % compared to that of the 

untreated carbon fiber, and this was caused by 

thermal degradiation of the carbon fiber. On the 

other hand, the tensile strength of the carbon fiber 

treated for 3 hours decreased by 8.15 % compared to 

that of the untreated carbon fiber, but this value was 

not significantly different with that of the carbon 

fiber treated for 2 hours. Therefore, heat treatment 

for 3 hours was selected as the desizing method of 
the carbon fiber based on the XPS and tensile test 

results. 

 

 
Fig. 8 Single filament tensile strength of the CF with 

respect to heat treatment time . 

  

Fabricated PP sizing agent was applied on 

epoxy sized and desized carbon fabrics, respectively. 

And the PP sized carbon fabrics were dried by using 

microwave to remove the solvent of the PP sizing 

agent.   

 

 
Fig. 9 TGA curve of dried PP sizing agent on the 

carbon fiber. 

 

Fig. 9 shows TGA curves of the PP pellet and 

the PP sizing agent on the carbon fiber dried by the 

microwave. The solvent of the PP sizing agent 

decreased with drying time. The PP sizing agent 

dried with microwave for 15 min didn’t show any 

weight loss due to the solvent, and this means the 

solvent in the sizing agent was evaporated by the 

microwave effectively. But the thermal 

decomposition of the PP sizing agent was started a 

little earlier compared to that of the PP pellet. 

Carbon fabric is heated up and reached high 

temperature quickly by microwave radiation [17]. 

Therefore, in part of PP sizing agent, thermal 

decomposition occurred by the heated carbon fabric. 

 

 Fig. 10 XRD patterns of the PP sizing agent applied 

on the carbon fibre. 

 

To investigate the crystallity of the PP sizing 

agent impregnated into the carbon fabric and its 

impregnation state with and without the epoxy sizing, 

XRD and SEM analyses were performed. Fig.10 

shows XRD patterns of the PP sizing agent dried by 

microwave on the carbon fiber surface. Crystallinity 

and crystal structure of the PP sizing agent was 

almost same regardless of epoxy sizing, because PP 

sizing agent didn’t react with epoxy sizing on the 

carbon fiber surface during the microwave heating. 

On the other hand, different morphologies according 

to existence of epoxy sizing were observed in the 

SEM results shown in Fig. 11. In the epoxy sized 

carbon fibre, the PP sizing and the carbon fibres 

were separated each other as shown in Fig. 11(a). In 

case of de-sized carbon fibre, PP sizing was stuck on 

the carbon fiber surface, and it was connected with 

the carbon fibre by large numbers of fine bridges 
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that de-sized carbon fiber surface have the advantage 

over the epoxy sized carbon fiber surface to improve 

interfacial characteristics with the PP sizing agent. 

 

 
(a) 

 
(b) 

Fig. 11 SEM topographies of the PP sized  carbon 

fiber; (a) untreated carbon fibre (epoxy sized), (b) 

desized carbon fibre. 

  

Fig. 12 shows short beam test results of the 

CFRPP composite specimens with respect to surface 

treatment methods. The ILSS of the specimen 

reinforced with de-sized carbon fibre increased by 

46.1% compared to that of the specimen reinforced 

with untreated (epoxy sized) carbon fibre. This 

implies that epoxy sizing is not only ineffective in 

improving the interfacial strength between carbon 

fiber and the PP matrix, it also works as defect 

because the interface between the PP and the epoxy 

sizing is weak. In case of the PP sized specimen 

without epoxy de-sizing, the ILSS increased by 33.6% 

compared to that of untreated specimen. This is 

caused by partial improvement of the wettability 

between the epoxy sized carbon fibre and PP matrix 

due to the PP sizing agent. On the other hands, the 

specimen reinforced with PP sized carbon fibre after 

epoxy de-sizing showed the highest ILSS compared 

to the others and it increased by 102.4% compared 

to that of the untreated specimen. 

 

 
Fig. 12 ILSS of the CFRPP composite specimens 

with respect to the surface treatment. 

  

Fig. 13 shows the SEM results of the 

composites cross-section area to check impregnation 

state of the PP matrix between the fibres. Untreated 

specimen was not impregnated into the carbon fiber 

tow as shown in Fig. 13(a). But the specimens 

reinforced with the de-sized or PP sized carbon 

fibres showed slightly improved impregnation state 

as shown Fig. 13(b) and (c). In the specimen 

reinforced with the PP sized carbon fibres after de-

sizing process, the best impregnation state was 

observed as shown in Fig. 13(d), which led to the 

highest ILSS in the short beam test. This might be 

caused by the pre-impregnated PP sizing agent into 

the tow.  

 

 
(a) 
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(b) 

 
(c 

 
(d) 

Fig. 13 SEM topographies of the composite cross 

section area; (a) untreated,  (b) PP sized (c) desized 

(d) desized + PP sized. 

  
 

 

4. Conclusions 
In this study, new sizing method using the PP 

sizing agent and the microwave drying was 

suggested and each processes to fabricate the PP 

sizing agent and the CFRPP were evaluated. The 

following conclusions were derived from the results.  

1. Amorphous PP gel was obtained by quenching 

the PP solution using nitrogen, which can be re-

dissolved by the solvent around 50C. 

2. The fabricating process of the PP sizing agent 

did not affect the tensile strength of the i-PP. 

3. The tensile strength of the carbon fiber heat 

treated for 3 hour decreased by 8.15 % 

compared to that of untreated carbon fiber. And 

epoxy sizing was effectively removed by heat 

treatment for 3 hour without serious damage. 

4. The residual solvent in PP sizing agent was 

effectively removed by microwave drying. 

5. In the specimen reinforced with the PP sized 

carbon fibres without epoxy de-sizing, ILSS 

increased by 33.6% compared to that of the 

specimen reinforced with the untreated carbon 

fibres. 

6. ILSS of the specimen reinforced with the PP 

sized carbon fibres after epoxy de-sizng was 

higher than those of the others and increased by 

102.4% compared to that of the specimen 

reinforced with the untreated carbon fibres.  

 

From this study, it was concluded that the new 

sizing method using the PP sizing agent and 

microwave drying is promising way to improve the 

degree of impregnation and interfacial strength of 

the CFRPP. 

 

References  

[1] C. Mayer, X.Wang and M. Neitzel “Macro- and 

micro-impregnation phenomena in continuous 

manufacturing of fabric reinforced thermoplastic 

composites”. COMPOS PART A-APPL S, Vol. 

29A, pp 783-793, 1998. 

[2] SJ. Park, YH. Chang, CW. Moon, DH. Suh, SS. 

Im and YC. Kim “A Study of Atmospheric 

Plasma Treatment on Surface Energetics of 

Carbon Fibers”. BULL KOREAN CHEM SOC, 

Vol. 31, No. 2, pp 335, 2010. 

[3] KH Wong, DS. Mohammed, SJ. Pickering, R, 

Brooks R “Effect of coupling agents on 

ICCM19 1480



reinforcing potential of recycled carbon fibre for 

polypropylene composite”. Composites Science 

and Technology. Vol. 72 No. 7, pp 835-844, 

2012. 

[4] J. Bijwe and R. Rattan “Carbon fabric reinforced 

polyetherimide composites: Optimization of 

fabric content for best combination of strength 

and adhesive wear performance”. Wear, Vol. 

262, No. 5-6, pp 749-758, 2007. 

[5] M. Sakaguchi, A. Nakai, H. Hamada and N. 

Takeda “The mechanical properties of 

unidirectional thermoplastic composites 

manufactured by a micro-braiding technique”. 

Composites Science and Technology, Vol. 60, 

No. 5, pp. 717-722, 2000. 

[6] M. Hou, L. Ye, HJ. Lee, YW. Mai “Manufacture 

of a carbon-fabric-reinforced polyetherimide 

(CF/PEI) composite material”. Composites 

Science and Technology, Vol. 58, No. 2, pp. 

181-190, 1998. 

[7] AG. Gibson, JA. Månson “Impregnation 

technology for thermoplastic matrix composites”. 

Composites Manufacturing, Vol. 3, No. 4, pp. 

223-233, 1992. 

[8] GM. Wu, JM. Schultz “Processing and 

Properties of Solution Impregnated Carbon 

Fiber Reinforced Polyethersulfone Composites”. 

POLYMER COMPOSITES, Vol. 21, No. 2, pp. 

223-230, 2000. 

[9] JB. Cattanach, G. Guff, FN. Cogswell “The 

Processing Of Thermoplastics Containing High 

Loadings Of Long And Continuous Reinforcing 

Fibers”. Journal of Polymer Engineering, Vol. 6, 

pp. 345-362, 1986. 

[10] K. van Rijswijk, HEN. Bersee “Reactive 

processing of textile fiber-reinforced 

thermoplastic composites – An overview”. 

Composites Part A: Applied Science and 

Manufacturing 

[11] SH. Han, HJ. Oh, SS. Kim “Evaluation of 

Mechanical Property of Carbon 

Fiber/Polypropylene Composite According to 

Carbon Fiber Surface Treatment”. Transactions 

of the Korean Society of Mechanical Engineers 

A, accepted, 2013.  

[12] KF. Drain, WR. Murphy and MS. Otterburn 

“Dissolution of polypropylene: differential 

solubility”. Polymer, Vol. 24, pp. 553-558, 1983. 

[13] BA. Miller-Chou, JL. Koenig “A review of 

polymer dissolution”. PROGRESS IN 

POLYMER SCIENCE, Vol. 28, pp. 1223-1270, 

2003. 

[14] V. Brucato, S. Piccarolo, V. La Carrubba “An 

experimental methodology to study polymer 

crystallization under processing conditions. The 

in(uence of high cooling rates”. Chemical 

Engineering Science, Vol. 57, pp. 4129-4143, 

2002. 

[15] Y. Osada, AR. Khokhlov “Polymer Gels and 

Networks”. CRC Press, 2001. 

[16] LH. Spering “Introduction to PHYSICAL 

POLYMER SCIENCE”. Wiley interscience, 

2006. 

[17] JA. Menéndez, A. Arenillas, B. Fidalgo, Y. 

Fernández, L. Zubizarreta, EG. Calvo, JM. 

Bermúdez “Microwave heating processes 

involving carbon materials”. Fuel Processing 

Technology, Vol. 91, pp. 1–8, 2010. 

ICCM19 1481



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
1 Introduction 
 
Honeycomb sandwich structures are found in a wide 
variety of applications due to excellent flexural 
strength-to-weight ratios. Despite this structural 
advantage, honeycomb sandwich composites 
typically contain a large encapsulated volume that 
cannot be accessed after manufacturing. In civilian 
and defense transportation applications, mass is of 
significant concern and would benefit from a 
reduction of parasitic weight associated with fluid 
storage. Sandwich composites with skins containing 
embedded microvascular pathways would provide 
an access route to core compartments for the  
transport and storage of fluids, which might then be 
used for functions beyond its primary structural 
purpose. 

2 Background 

Nature provides biological inspiration for 
approaches to meet a wide range of functional needs 
within structures. Natural composites such as wood 
[1] or bone [2] serve important structural functions, 
yet also contain vascular features to enable common 
biological functions. Microvascular-based functions 
shared by numerous plants and animals include fluid 
and nutrient transport, heat dissipation, and waste 
removal [3,4]. Furthermore these networks are 
frequently attached to storage volumes contained 
within the overall structure for purposes of long-
term liquid storage and retrieval [5,6].  
 
Recent efforts to mimic these enabling architectures 
have been successful in embedding vascular 
pathways within synthetic materials and have 
demonstrated fluid and heat transfer [7], as well as 
self-healing abilities [8,9]. However, mimicry of 
integrated storage volumes has not been  

 
demonstrated for these thermal and healing 
applications. These capabilities were initially 
demonstrated within neat polymer matrices and only 
recently have been realized within fiber-reinforced 
polymer composites via sacrificial fiber techniques.  
Despite the advance associated with this state-of-
the-art method, the approach would benefit from 
increased reliability and a route suitable for scalable 
fiber processing within an industrial production 
context.  
 
2.1 Current Methods of Microchannels 
Production 

2.1.1 Planar manufacturing methods 

Current methods of producing microvascular 
networks include both planar and 3-D manufacturing 
techniques. The most commonly utilized technique 
is soft lithography. This planar technique utilizes a 
“master” silicon wafer substrate that is patterned 
with a photoresist layer. The pattern is reproduced 
within an elastomeric compound, typically 
polydimethylsiloxane (PDMS) [10]. After curing, 
the molded elastomer is removed and the patterned 
face bonded to a secondary panel or additional 
molded pieces [10,11]. The encapsulated gaps 
produced by the patterned surface topography create 
continuous microchannels through which 
microfluidic flow is possible. The soft lithography 
method has proven to provide high fidelity and 
versatility of the patterns at relatively low cost. 
Although soft lithography is a planar method, 
laminations of multiple layers can be constructed to 
form 2.5-D or quasi 3-D structures. 
 
Additional planar methods for microvascular 
network fabrication include subtractive techniques, 
such as etching and machining. Common etching 
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processes are chemical- or laser-etching methods. 
Chemical etching involves patterning a photoresist 
on a substrate that is subsequently removed through 
a chemical reaction [12]. Laser etching is a 
subtractive method that ablates selected areas of a 
surface with a focused laser beam, which controls 
the channel dimensions by the laser pulse duration 
and intensity [13,14]. Etched structures are adhered 
to plates or other patterned samples similar to the 
soft lithography process. Machining is similar to 
etching, in that material is removed via micro-scale 
tooling and Computer Numerically Controlled 
(CNC) milling. Although low cost, ease of use, and 
broad material selection have advanced the 
widespread use of machining, it is not well suited for 
use on fiber reinforced polymer composites. Fibrous 
composites can be easily damaged or weakened 
during machining and the tooling experiences a high 
wear rate. Similar to the other planar manufacturing 
methods, 2.5 dimensional networks are possible via 
lamination processes. 
 

2.1.2 Additive manufacturing 

The second general category of microchannel 
production techniques is additive non-planar 
methods. Additive manufacturing processes, such as 
stereolithography, fabricates parts directly from 
digital models. The models are sliced into planar 
cross sections of finite thickness. Specific to 
stereolithography, the computer controls a 
collimated light beam to polymerize the surface of a 
photosensitive resin in corresponding planar patterns 
[15]. This method can yield features on the micron 
scale but must self-supporting [16] and the materials 
are limited. Other techniques, such as fused 
deposition modeling (FDM), can also be used to 
pattern microchannels. 

 

2.1.3 Sacrificial methods 

Recently, the most widely utilized 3-D structure 
fabrication methods utilize sacrificial or fugitive 
materials. These methods are increasingly popular 
due to the expanding range of available materials 
and processes. The sacrificial approaches broadly 
fall into categories of controlled or random network 
distribution. One widely used example of controlled 
deposition is known as direct ink writing. In this 
process, viscoelastic fugitive inks are extruded on a 

3-axis computer-controlled stage to pattern a 2-D or 
3-D structure that is self-supporting. This structure is 
then infiltrated by a polymer matrix, such as a multi-
part reactive or photosensitive resin. Subsequent to 
matrix polymerization, the viscoelastic ink structure 
is removed via either a phase change or chemical 
dissolution process [17,18]. The resultant matrix 
possesses an embedded microchannel structure in 
place of the previously solid ink structure. The 
method is finely controlled and produces channel 
features from 10 µm to greater than 1 mm in 
diameter. The wax structure, however, is fragile and 
susceptible to damage, and is not easily integrated 
into fiber-reinforced composite materials. 
 
A fugitive method with randomly patterned features 
consists of melt spinning fine fibers of fugitive 
materials. In a typical example, sugars are melt spun 
to form a cotton candy like web of fibers varying in 
size from 1 to 100 µm. The fiber network is 
infiltrated by polymer resin, which cures and is 
removed through dissolution within a water and 
ethanol bath [19]. This rapid method produces a 
densely packed and highly interconnected network 
of fibers with randomly varying fiber positions and 
diameters. Matrix materials are limited to low 
viscosity formulations, as highly viscous resin 
systems do not easily infiltrate the network. 
Additional microchannel fabrication methods 
include fugitive electrospinning [20] and rapid 
electrostatic discharge [21], which likewise are not 
easily incorporated into a fiber-reinforced 
composite. 
 
Recently, the methods detailed above have been 
evolved by Moore et al. [22], who pioneered a 
process to manufacture GFRP (glass fiber reinforced 
polymer) composites with embedded microchannels 
via a sacrificial fiber processing route.  The 
sacrificial fiber is a commercial PLA (poly lactide) 
fiber that is chemically treated to incorporate a 
catalyst to reduce the temperature of fiber 
depolymerization. Previous studies demonstrated 
thermal decomposition of neat PLA at temperatures 
near 280°C [23]. The addition of metallic catalysts 
reduce the thermal degradation temperature by up to 
90°C [24] with blending of calcium oxide or tin-
based reagents. Moore et al. determined that the 
inclusion of tin (II) oxalate within the PLA matrix 
reduces the degradation temperature to 200°C. The 
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catalyst was incorporated into the polymer fiber via 
solvent-induced swelling of the fiber matrix. The 
fiber is submerged within a solution of water and 
trifluoroethanol containing suspended tin (II) oxalate 
catalyst particles. The catalyst diffuses into the fiber 
core and becomes trapped within the matrix during 
subsequent solvent evaporation. This process is 
schematically shown in Figure. 3.  

 
Figure 1. Chemical treatment of PLA fiber to incorporate 
tin (II) oxalate within the fiber matrix. 

After treatment, the sacrificial fibers are woven into 
glass fiber textiles and cured in a layup infiltrated 
with epoxy. Once cured, the specimens are heated to 
200°C for extended periods of time (24 to 48 hours) 
to evacuate the sacrificial fibers. 

 
2.2 Microfluidics 
 
Fluidic flow through microvascular composites is 
governed by the flow equations applied to the field 
of microfluidics. Microfluidic devices have channels 
with a characteristic length scale that is sub-
millimeter in size [25]. These devices have enjoyed 
widespread use due to primary benefits of achieving 
laminar flow conditions and use of small volumes of 
fluid analytes. The Reynolds number, which is a 
dimensionless ratio of inertial to viscous forces, is 
directly related to the channel width and thus 
becomes substantially reduced for fluidic devices 
with microscale features.  At these low Reynolds 
numbers, the inertial forces are less dominant and 
steady laminar flow is achieved. The fluid flow flow 
is described using the Navier-Stokes equation, 
provided in Equation 1. 
 
                  𝜌𝜌 = −∇𝑃𝑃 + 𝜌𝜌𝜌𝜌 + 𝜇𝜇∇ 𝑈𝑈                   (1) 
 
The equation relates relates fluid density ρ, fluid 
velocity U, applied pressure P, gravitational 
acceleration g, and the fluid dynamic viscosity µ. 
 

An important concern when using micro-scale 
channels is the pressure drop required to overcome 
viscous dissipation forces during fluid transport 
through the channel. The Hagen-Poiseuille 
relationship for a circular cross-section tube, 
provided in Equation 2, relates volumetric flow rate 
and pressure drop. 
 

      𝑄𝑄 = ∆                               (2) 
 
where Q denotes volumetric flow rate, R is the 
radius of the circular cross section, ΔP is pressure 
drop, µ is fluid viscosity, and L is length of the 
transport path through the channel. While the 
pressure drop is directly proportional to the length L, 
it is inversely proportional to the radius to the fourth 
power. This dramatic increase in the pressure drop 
as diameter of channel shrinks leads to practical 
limitations to the channel diameter, particularly for 
materials systems subject to pressure limitations. 
 
2.3 Sandwich Composites 
 
Sandwich composites are utilized in engineering 
structures for their outstanding flexural properties 
coupled with low density. A sandwich composite is 
formed by bonding a face sheet, or skin, to a core. 
This sandwich is analogous to an I-beam, in which 
the flexural stiffness is increased by apportioning 
larger quantities of mass at distances further from 
the neutral axis to increase the area moment of 
inertia. The area moment of inertia is inversely 
related to bending stress, as seen in Equation 3. 
 
                                   𝜎𝜎 =                                   (3) 
 
Here, σ is the extensional bending stress, M is the 
loading moment, y is the distance from the neutral 
axis to the point of interest, and I is the moment of 
inertia. The maximum stress occurs at the surface of 
the skin and varies linearly to the neutral axis, where 
the stress is equal to zero. The skin must be able to 
resist the maximum tensile and compressive stresses, 
while the core materials are substantially less 
stressed and are typically chosen to add minimal 
system mass. 
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3 Experimental 
 
3.1 Sacrificial Fibers 
 

3.1.1 Chemical Incorporation of Catalyst  

The first attempt to create sacrificial fiber utilizes 
the method described within Dong et al.  
Commercially available fiber was donated from 
Nextrusion GmbH (Bobingen, Germany). The 
suspension to swell the fiber contained deionized 
water, Disperbyk 187 (Byk), trifluoroethanol (TFE) 
(Sigma-Aldrich), and powdered tin (II) oxalate 
(Sigma Aldrich). The fiber was coiled around a 
custom-designed spindle and submerged into the 
solution for a 24 hour period. After immersion, the 
spindle and fiber were placed into a drying oven at 
45°C overnight to evaporate the solvent. Samples of 
the treated fiber were then thermally degraded by 
heating to 200°C while under 101.5 kPa vacuum. 
Samples ranging from 1 to 5 grams were placed in 
aluminum weighing dishes and placed into a heated 
vacuum oven to determine the mass loss under 
isothermal conditions. 
 

3.1.2 Extrusion of Catalysed Fibers 

Due to the sub-optimal results associated with the 
chemically treated fibers, as discussed in section 4, 
an extrusion-based sacrificial fiber methodology was 
developed. PLA resin pellets (2003D,	  NatureWorks, 
LLC, Blair, NE) were dried for 2 hours at 90°C as 
recommended by the manufacturer. The resin pellets 
were then coated with 1 wt% mineral oil to function 
as a binder for the 3 wt% tin (II) oxalate and 0.05 
wt% added to the pellets. Rhodamine 6G was used 
as a dye in order to incorporate a florescent ability 
into the fiber for optical visibility. The pellets were 
thoroughly coated with the powder by mechanical 
agitation prior to being fed into the hopper of a 
single screw extruder. The PLA was extruded 
through a custom die and pulled through a cooling 
bath to generate fibers with diameters ranging from 
125 to 300 µm. These fibers were then tested 
identically to the chemically treated fibers to 
determine mass loss. 
 
3.2 Sandwich Structure Containing Embedded 
Microvascular Networks 

 

3.2.1 Materials 

Sandwich composite specimens are fabricated from 
a phenolic resin-infused aramid honeycomb core 
with a 4.7 mm thickness and a cell diameter of 4.76 
mm (NH-12B, ACP Composites). The skin is a 4-
harness satin weave E-glass fiberglass fabric (120 E-
Glass, Fibre Glast) and the resin is a high 
temperature epoxy with a 200°C continuous 
operation temperature quoted by the manufacturer 
(EHT-01, ACP Composites). A polyester scrim layer 
(Pellon 807 Wonder Web) is added between the skin 
and the core to prevent excessive resin infiltration 
into the honeycomb cells and to affix the dry fabric 
to the core prior to the addition of the resin. 
 

3.2.2 Incorporating Woven PLA Network 

Various weaving patterns for the sacrificial fiber 
networks can be used to dictate the patterning and 
position of the ultimate microvascular network. 
Figure 2 schematically presents a ‘through weave’, 
which undulates between the top and bottom skins,  
and a ‘one-sided weave’, which remains within a 
single skin. The different weave patterns strongly 
influence the fluid flow patterns within the structure 
(see Results section). 
 
 

 
Figure 2. Sacrificial fiber weave patterns include (a) a 
through weave and (b) a top weave. 

 

3.2.3 Manufacturing 

After the sacrificial fibers are patterned within the 
sandwich skins, the skins are co-cured to the 
honeycomb core in a single manufacturing step. The 
PLA fibers remain within the sandwich during the 
epoxy matrix cure cycle. After curing, the ends of 
the sacrificial fibers are exposed by polishing or 
cutting the specimens. Once exposed to the 
sandwich panel exterior environment, the panel is 
post-cured at 200°C to evacuate the fibers. 

ICCM19 1485



 

 

4 Results 
 

4.1 PLA Fiber Manufacturing 

Sacrificial PLA fibers are successfully extruded to 
manufacture continuous fiber lengths at rates of 
multiple meters per second. Whereas the previously 
reported fiber swelling method is rate limited by the 
substantial solvent and catalyst diffusion times 
within the PLA matrix, the catalyst is well dispersed 
within the extruded fiber matrix by the screw-
induced shear. Figure 3 shows a spool of fiber that 
was extruded within a five minute period. Fibers 
have been continuously extruded for greater than an 
hour, demonstrating the reliability of the process. 
 

 
Figure 3. Spooled sacrificial PLA fibers after continuous 
extrusion for five minutes. 

 
The extrusion process represents a production rate 
increase of 105 relative to previously demonstrated 
sacrificial fiber production rates. Additionally, this 
method eliminates the use of toxic fluoro-based 
solvents and the associated costs and chemical 
waste.  
 

4.2 PLA Degradation 

Dong et al. [24] and Esser-Kahn et al. [22] showed 
that chemically treating fibers with tin (II) oxalate 
lowers the depolymerization temperature of PLA 
from 280°C to 200°C. As the quality of catalyst 
dispersion within the PLA matrix is increased, the 
random chain scission depolymerization process is 

expected to be positively impacted. Figure 4 
compares extruded and chemically treated sacrificial 
fibers to determine the extent of depolymerization 
after 24 hours. Neat PLA fibers served as a control 
and lost approximately 3.5 wt% over the period. 
Laboratory- and Nextrusion LLC-extruded PLA 
fibers that were infused with catalyst by the 
chemical treatment method lost between 20 to 80 
wt%, respectively. By contrast, a substantial 
reduction in residue mass is observed following 
isothermal heating of PLA fiber with catalyst 
incorporated during the extrusion process. These 
fibers fully depolymerized, such that the residual 
mass corresponds to the catalyst content, which does 
not degrade until substantially higher temperatures.  
 

 
Figure 4. Mass loss of PLA fibers processed with and 
without catalyst via chemical or mechanical means 
 
The significantly smaller variation between samples 
represents a more consistent generation of 
microchannel pathways free of constrictions. 
Furthermore, reduced variability offers the benefit to 
reduce isothermal heating times from as long as 48 
hours to 24 hours or less. 
 
4.3 Fluid Transport and Storage 
 
Optical images of the sandwich composite cross-
section are analyzed to measure the average free 
volume encapsulated within the sandwich core. The 
2-D transverse analysis is coupled with the in-plane 
open area to predict an interior volume of 2.8 L m-2. 
In order to verify access to this volume, dyed water 
was pumped through an embedded microvascular 
network that intersect the core compartments. As 

0% 

20% 

40% 

60% 

80% 

100% 

UML Extruded 
Fibers 

Untreated 

UML Extruded 
Fibers 

Chemically 
Treated 

Commercially 
Available Fibers 

Chemically 
Treated 

UML 
Mechanically 

Mixed Extruded 
Fibers 

W
ei

gh
t L

os
s [

%
] 

ICCM19 1486



 

 

shown in Figure 5, the water successively flows 
through a row of neighboring cells via a 125 µm 
diameter channel woven into the top skin of the 
sandwich. The water infiltration rate is 0.4 mL min-1.  
 

 
Figure 5. Honeycomb cells are filled, from left to right, 
with dyed water. 
 
Similarly, fluid was removed from the cells via the 
same microvascular network by pumping air through 
the channels. Shown in Figure 6, a 0.4 mL min1 air 
flow rate displaces the water to enable recovery of 
the dyed water at the right edge of the sample. The 
reader should note that Figure 6 demonstrates a 
bottom weave specimen below the honeycomb cells.  
 

 
Figure 6. Honeycomb cells filled with water are emptied 
from left to right via air displacement. 

Entrapped air is readily visible within Figures 5, 
indicating that a fraction of the encapsulated volume 
is not efficiently used for fluid storage. Similarly, 
Figure 6 retains some dyed fluid after the fluid 
recovery process. The efficiency of the fluid 
infiltration and exfiltration processes is extremely 
sensitive to two main factors: the weave pattern and 
panel orientation. These two elements independently 
lead to drastic differences in fluid volume infiltration 
and recovery fractions. The filling efficiency varies 
from near 25% to over 90% as the panel orientation 
varies from 180° to 0° with respect to level for the 
top weave pattern (i.e., the microchannels in the top 
skin). The emptying efficiency varies from below 
50% for a top weave pattern to over 90% with a 
bottom weave pattern. A systematic study of the 
panel orientation effects at various angles about the 
x-axis and y-axis will be presented in future 
publications. The fluid transfer rates are also 
dependent on burst pressure of the cell walls. In the 
event that the burst pressure is reached, an audible 
pop is heard. 
 
4.2 Mechanical Testing  

Four-point flexural tests were performed on 
sandwich specimens to determine the impact of 
embedded microchannels and stored fluids on the 
panel stiffness. The experimental setup (Figure 7) 
has a 10 cm support span and a 5 cm loading span. 

 

 
Figure 7. Experimental four-point bending test setup 
modified from ASTM D7249. 
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A typical load-displacement curve resulting from the 
four-point bending test of a top weave sandwich 
structures is presented in Figure 8.  
 

 
Figure 8. Load-displacement curve representative of 
sandwich composite in four-point flexure. 

Mechanical testing indicates that there are no 
significant differences in flexural modulus or 
ultimate flexural strength between samples with and 
without the microchannels. However, storage of 
water within the core caused material softening and 
requires further investigation. 
 

5 Conclusions and Future Directions 

Microvascular networks are successfully embedded 
within fiber reinforced polymer composite sandwich 
structures through the use of sacrificial fiber 
techniques. Preliminary investigations of extrusion 
of a PLA fiber with catalyst indicate that the 
sacrificial depolymerization is improved in terms of 
cost, rate of manufacture, and rate and thoroughness 
of depolymerization relative to a chemical treatment 
technique. Fluid flow through the embedded 
microchannel networks and into the encapsulated 
volume of the honeycomb core of the sandwich 
demonstrates an efficient route for structural storage 
within composites. The embedded microchannels do 
not show a statistically significant effect on the 
sandwich structure mechanical properties. 
 

A primary remaining concern requiring research 
centers on the manufacture of sacrificial fibers from 
alternate polymeric systems that possess lower 
decomposition temperatures. Such systems will 
enable the sacrificial fiber technique to be used with 
a broader range of matrix materials. These results 
will be featured in an upcoming publication. 
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Abstract 

 

 

A method for extracting and comparing the 

interlaminar stresses generated in carbon-epoxy thin 

laminates in four-point bending is presented. 

Computations were accomplished using three 

dimensional finite element models with commercial 

software packages StressCheck and ANSYS. The 

values of the induced interlaminar stresses for the 

four-point bending test show expected singularities 

at the free edge which require the development of a 

method for determining the region of valid results. 

The size of the singularity region is found using 

convergence studies of mesh refinement and element 

order (p-level). Although the maximum value of the 

induced interlaminar stress cannot be determined, 

relative comparisons can be performed between 

composite laminates with different angle ply layups 

to provide further insight into fatigue test results. 

 

 

 

1. Introduction  

 

Composite materials play an important role in 

improving the performance of advanced aerospace 

structures. However, the fatigue behavior of 

composite components can be difficult to predict. 

Previous studies show that the presence of 

interlaminar edge stresses [1] may cause 

delamination and subsequent failure in fatigue. A 

four-point bending test in fatigue may corroborate 

this hypothesis and validate the relationship between 

the fatigue behavior and the interlaminar stress in a 

composite laminate. 

The classical laminate theory (CLT) can be used to 

determine in-plane stresses; but cannot predict the 

interlaminar stresses due to the plane stress 

assumptions of the CLT. 

 

Interlaminar stresses (σz, τxz, τyz) occur near 

specimen edges due to the discontinuous change in 

the elastic material properties of the laminate plies 

[2]. The phenomena can be observed experimentally 

using the Moiré interferometry technique where 

studies have shown finite values of the interlaminar 

shear strains at the edges [3]. Finite element analysis 

(FEA) also provides a good alternative for predicting 

the interlaminar stress distributions throughout the 

laminate. Simulations have shown the presence of 

interlaminar stresses near the free edges at a distance 

equivalent to the thickness of the laminate [4, 5], as 

well as stress singularities at the ply interface and 

the free-edge. Studies using FEA illustrate that the 

accuracy of the interlaminar stresses near the edges 

is highly mesh dependent and the values tend to 

converge as they are evaluated away from the 

singularity area towards the centerline of the 

specimen [4]. 

 

Previous studies predicting interlaminar stresses 

have focused on axially loaded laminates [1, 3-6], 

but the interlaminar stress distributions from 

laminates in bending have not been extensively 

researched [7]. A four-point bending test could 

better represent the “in-service” loading conditions 

with combination of flexure, tensile and compressive 

loads. 

 

The purpose of the current study is to develop a 

method for predicting the interlaminar stress 

distributions within bidirectional and angle-ply thin 

laminates in four-point bending. The commercial 
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packages ANSYS and StressCheck are used to 

develop consistent methods for model creation and 

result extraction.  

The model description representing the four point 

bending test is described first, followed by 

preliminary results and a convergence study of the 

stresses near the free edges. The results of the 

interlaminar stress distributions are presented for the 

[±45]s and [0/90]s carbon-epoxy thin laminates. The 

influence of fibre orientation on laminate response is 

investigated by comparing interlaminar stress results 

for laminates with different ply orientations. 

 

 

2. Model description 

 

The model representing the four-point bending test 

consisted of a simply supported 4-ply laminate with 

overall dimensions of 100 mm x 15.88 mm, as 

shown in Figure 1. Two line loads were applied 

across the width of the sample to theoretically 

produce a constant moment at the midspan and a 

longitudinal strain of 0.001 on the bottom surface of 

the laminate. The laminates considered in the 

analysis were a bidirectional [0/90]s and an angle ply 

[±45]s. Each ply had a thickness (h) equal to 0.1475 

mm and was characterized as a homogenous elastic 

orthotropic material using the properties shown in 

Table 1.  

 

 

2.1. Meshing and Modeling 

 

In order to obtain the interlaminar stresses at the 

edges of the laminate, all plies were modeled with 

three-dimensional elements with elements 

concentrated at the edges and in the midspan where 

the values were extracted. The graded mesh is 

illustrated in Figure 2. 

 

Two different approaches were used to mesh the 

models: In ANSYS, hexahedral elements with a 

quadratic polynomial function and three different 

mesh sizes were used. The number of elements 

across the width and through the thickness of each 

model is shown in Table 2.  

 

In StressCheck, hexahedral elements with 

polynomial functions of degrees between 5 and 8 

were used, and the number of elements through the 

thickness varied from 2 to 16 elements per ply. As 

shown in Table 3, the degree of freedom (DOF) of 

each model depends on both the number of elements 

and the order of the polynomial function. This series 

of models was also used to define the size of the 

converged region. 

 

 

3. Solution and preliminary results 

 

Due to the small displacements involved and the 

absence of contact in the model, a linear analysis 

was performed. The values of the interlaminar 

stresses were extracted at the midspan of the 

specimen across the width of the laminate at the 

interface of the ±45
o
 and the 0

o
/90

o
 plies on the 

tension side (z=-h) of the specimen. 

 

The values obtained for the interlaminar stresses in 

the [±45]s and [0/90]s laminates in bending show the 

same trends as those reported from simulations of 

axial tensile loading [6] with the magnitude of the 

interlaminar stresses increasing at a distance of 

approximately the thickness of the laminate from the 

edge. For example, Figures 3 and 4 show the stress 

distribution across the width of a [±45]s laminate in 

tension and bending respectively. In both cases the 

values of the interlaminar shear stress τxz evaluated 

at the laminate centre line were equal to zero and the 

in-plane stresses (σx and τxy) corresponded to the 

analytical values obtained from the classical 

laminate theory. Near the free edge, within a 

distance of about one laminate thickness from the 

free edge (y/b= 0.5 for Figure 3 and y/b= 0.925 for 

Figure 4), the interlaminar shear stress τxz increased 

and the in-plane stresses showed a variation from the 

constant values in central region of the laminate. At 

the edge, the in-plane shear stress τxy tended to zero 

and the interlaminar shear stress τxz increased 

sharply to a maximum value. The values of the 

stresses shown in Figure 4 were converted to Psi and 

divided by the longitudinal strain (ε1) in order to 

compare with the results in Figure 3. 

 

Stress singularities were observed for the 

interlaminar stresses at the free edge in both [±45]s 

and [0/90]s laminates in 4-point bending similar to 

the simulation of tension loading [5]. For example, 

as illustrated in Figure 5, the value of the 

interlaminar shear stress τxz in the [±45]s laminate 
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increased near the edge as the mesh was refined and 

the p-level increased. Although the magnitude of the 

interlaminar stresses near the edge increased as the 

DOF of the models increased, they tended to 

converge at a certain distance from the free edge. 

 

 

3.1. Convergence Study 

 

In order to define the size of the convergence region, 

the values of the interlaminar stresses obtained with 

StressCheck were compared between models using 

p-levels of 5 and 8. The values of the interlaminar 

stresses were considered to be converged when the 

difference using the two p-levels was less than 0.006 

MPa. As shown in Figure 6, the difference in the 

interlaminar shear stress τxz in the [±45]s laminate for 

the model with 16 elements per ply was greater than 

0.006 MPa at y/b = 0.993 or 0.05 mm from the edge, 

showing the beginning of the singularity region. The 

convergence area was similar for all the interlaminar 

stresses in the [±45]s and [0/90]s, where the results 

for the two p-levels are in excellent agreement for 

y/b= 0.993.  

 

The same observation, however, cannot be made for 

the 2 elements/ply model. Variations in the two p-

level models appeared at y/b = 0.8, where the 

interlaminar stresses were negligible. This indicates 

that 2 elements through the thickness of a ply are not 

adequate to define the size of the convergence 

region where the interlaminar stresses are 

significant.  

 

 

4. Interlaminar stress distribution in [±45]s and 

[0/90]s laminates   

 

The results for the interlaminar stress distributions in 

the [±45]s and [0/90]s carbon-epoxy thin laminates in 

four-point bending are shown in Figures 7-8. The 

maximum values within converged region are listed 

in Table 4.  

 

The interlaminar stresses in the [±45]s laminate are 

shown in Figure 7 and are dominated by the 

interlaminar shear stress τxz. The presence of the 

interlaminar shear stress τxz begins at y/b = 0.925 

which corresponds to a distance from the free edge 

equivalent to the thickness of the laminate. The 

interlaminar shear stress τyz and the interlaminar 

normal stress σz are present in the laminate but their 

values at the boundary of the convergence region 

near the edge are small compared to the interlaminar 

shear stress τxz. 

 

The overall values of the interlaminar stresses 

obtained for the [0/90]s laminate were smaller than 

the interlaminar stresses in the [±45]s laminate. As 

shown in Figure 8, the interlaminar stress σz, begins 

at y/b = 0.925 in tension, changes to compression at 

y/b = 0.985 and reaches a maximum value as it 

approaches the free edge. The presence of the 

interlaminar shear stress τyz also begins at y/b = 

0.925 with a maximum value near the edge and no 

interlaminar shear stress τxz.  

 

Table 4 shows that for both [0/90]s and [±45]s 

laminates the maximum of the interlaminar stress τyz 

and σz within converged region are relatively small 

compared to the interlaminar stress τxz in the  [±45]s 

laminate. 

 

 

5. Influence of fibre orientation 

 

The influence of fiber orientation on the 

interlaminate stresses was investigated by comparing 

laminates with plies oriented at 0
o
, 90

 o
 45

 o
 and 65

 o
. 

Three different layups were evaluated: [(0/90)4]s, 

[0/45/90/-45/0/45/90/-45/0]s and [0/65/90/-

65/0/65/90/-65/0]s.  

 

The layups were determined in order to obtain a 

similar bending stiffness between each laminates. 

The [0/65/90/-65/0/65/90/-65/0]s laminate was 

compared to [0/45/90/-45/0/45/90/-45/0]s laminate in 

order to evaluate the influence of the in-plane shear 

stress τxy on the interlaminar shear stress. Where, as 

shown in Figure 9, the in-plane shear stress τxy is 

lower in the [0/65/90/-65/0/65/90/-65/0]s laminate 

than in the [0/45/90/-45/0/45/90/-45/0]s laminate.  

 

The values of the interlaminar stresses were 

evaluated through the thickness of the laminate at a 

distance of y/b=0.993 or 0.05 mm from the edge 

which corresponds to the convergence area where 

the interlaminar stresses were significant. The results 

which characterize the influence of the fibre 
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orientation on the interlaminar stresses are shown in 

Figures 10 thru 12, and the values of the 

interlaminar stresses at the interface of each ply are 

listed in Table 5.  

 

As shown in Figure 10, the overall magnitude of the 

interlaminar stresses in the [(0/90)4]s laminate were 

smaller than for laminates with angle plies. In figure 

11, the [0/45/90/-45/0/45/90/-45/0]s laminate showed 

the largest interlaminar stresses with the maximum 

values of the interlaminar shear stresses τxz, and  τyz 

occurring between the 45
o
/90

o
 and the 90

o
/-45

o
 plies.  

In figure 12, the interlaminar stresses in the 

[0/65/90/-65/0/65/90/-65/0]s laminate showed the 

same trend as the [0/45/90/-45/0/45/90/-45/0]s 

laminate ply with maximum values occurring 

between the angle plies and the 90
o
 ply, although the 

magnitude of the stresses is reduced by almost 75% 

compared to the [0/45/90/-45/0/45/90/-45/0]s 

laminate. 

 

Table 5 shows the interlaminar stresses in the angle 

ply laminate are largest between the ply 2-3 and 3-4, 

which is correspond to the interface of the plies 

(45/90) and (90/-45) for the [0/45/90/-45/0/45/90/-

45/0]s laminate and (65/90) and (90/-65) for the 

[0/65/90/-65/0/65/90/-65/0]s laminate. 

 

 

6. Discussion 

 

The present study of FEA models for laminates 

under four-point bending agrees with previous 

studies of FEA models for laminates under uniform 

axial extension [5]. In both cases the models showed 

interlaminar stresses near the edges at a distance 

corresponding to the thickness of the laminate and 

singularities at the edge but with a converged region 

when the values are extracted away from the edges.  

 

Experimental studies on composite laminates show 

that finite values of interlaminar shear stresses exist 

at the edge [3]. The presence of stress singularities 

in FEA models is caused by the macroscopic 

representation of the laminate where each ply is 

represented by a homogenous elastic orthotropic 

material. In actuality, even though the properties of 

each ply are discontinuous, the matrix embedding 

the fibers and bonding the plies together transfers 

the load to the adjacent ply and singularities do not 

occur. 

 

Although the interlaminar stresses show a 

singularity in the FEA models, the current study 

demonstrates that the values of the interlaminar 

stresses of a thin laminate composite in four-point 

bending can be evaluated with confidence from a 

three dimensional model if the values are extracted 

in the convergence zone y/b ≤ 0.993 or 0.05 mm 

from the edge for all layups considered in that study. 

 

The convergence study showed that at least 16 

higher order elements are required through the 

thickness of each ply in order to precisely define the 

size of the convergence region. Inside that region 

however, the results obtained for the interlaminar 

stresses are equivalent for all models used in this 

study independent of the number of elements 

through the thickness.  

 

The behavior of the interlaminar stresses near the 

edges in a laminate can be explained by using the 

stress equilibrium equations from the theory of 

elasticity [4]. Consider a laminate loaded in 4-point 

bending, as shown in Figure 2. With a region 

removed from the areas of load introduction the 

stress components do not vary along the longitudinal 

direction (x-axis). In such regions the equilibrium 

equations take on a reduced form [4]: 

 

         
    

  
  

 

  
    (1) 

 

         
   

  
  

 

  
    (2) 

 

        
    

  
  

 

  
    (3) 

 

The results for the interlaminar stress distributions in 

the [±45]s laminate are dominated by the 

interlaminar shear stress τxz which is, from Equation 

(1), a function of the variation of the in-plane shear 

stress τxy across the width of the specimen. The 

absence of the interlaminar shear stress τxz in the 
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[0/90]s is consistent with the CLT that predicts no 

in-plane shear stress τxy in the laminate. 

The study on the fiber orientations also shows that 

the in-plane shear stress τxy in the laminate has an 

important consequence on the interlaminar stresses. 

The [(0/90)4]s laminate, which has no shear stress τxy, 

has the lowest interlaminar stresses. However, the 

shear stiffness of the laminate is 70% lower than the 

[0/45/90/-45/0/45/90/-45/0]s laminate, and would not 

be recommended for most practical structural 

applications. The presence of ±45
°
 plies in the 

laminate increases the shear stiffness but also 

produces significant interlaminar shear stresses 

between the ±45° and 90° plies. The [0/65/90/-

65/0/65/90/-65/0]s laminate has a shear stiffness 

30% lower than the [0/45/90/-45/0/45/90/-45/0]s 

laminate but the maximum interlaminar stresses is 

reduced by more than 75%. 

 

 

7. Conclusions 

 

 

The values of the interlaminar stresses have been 

obtained for [±45]s and [0/90]s laminates and show 

the presence of stress singularities at the intersection 

of the ply interface and the laminate edge. A 

convergence zone was defined as a region where 

increasing the degree of freedom of the model had 

no effect on the values obtained for the interlaminar 

stresses. The values taken at the interface inside the 

convergence region, show that the interlaminar 

stresses are higher in the [±45]s laminate than in the 

[0/90]s laminate with the largest interlaminar shear 

stress being τxz. The methodology developed in this 

study allows thin laminate composites with different 

ply orientations under four-point bending to be 

compared in terms of their internal stress states. 

Although the maximum value of the interlaminar 

stress at the free edges cannot be precisely 

determined, relative comparisons can be made. For 

example, it is shown that by using a 65° ply instead 

of a 45°ply in a laminate the maximum interlaminar 

stress can be reduced by 75%. 
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Table 1 - Material properties for carbon-epoxy -CYCOM 

5276-1 with 640-800 tape 

 

E11 150 GPa 

E22 = E33 8 GPa 

G22 = G33 = G33 4 GPa 

υ12  0.25 

υ23  0.46 

υ13  0.30 

 

Table 2 - ANSYS FEA models 

Model 

# Elements in 

transverse 

direction 

 # Elements 

through 

thickness 

of each ply 

DOF 

Coarse 60   5 797 838 

Medium 75  5 871 152 

Fine 75  10 2 536 653 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Table 3 - StressCheck FEA models 

 

Model 

# Elements in 

transverse 

direction 

 # Elements 

through 

thickness of 

each ply 

DOF 

P-5 22 2 74 001  

P-6 22   2 116 993  

P-7 22  2 176 189  

P-8 22  2 254 757  

P-5 22 4 144 455 

P-6 22   4 228 957 

P-7 22  4 352 378 

P-5 22 4 491 747 

P-5 22   8 281 817 

P-6 22  8 447 857 

P-7 22 8 677 525 

P-8 22   8 983 493 

P-5 22  16 558 905 

P-6 22 16 889 09 

P-7 22   16 1 345 973 

P-8 22  16 1 955 141 

 

 

Table 4 - Maximum interlaminar stresses in convergence 

region for [0/90]s and [±45]s laminates. 

 [0/90]s 

Laminate 

[±45]s 

Laminate 

σz   

(MPa) 
-0.3 -0.1 

τxz  

(MPa) 
0 3.5 

τyz  

(MPa) 
0.5 -0.9 
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Table 5 - Interlaminar stresses through the thickness at y/b = 0.993 

 

[(0/90)4]s [0/45/90/-45/0/45/90/-45/0]s [0/65/90/-65/0/65/90/-65/0]s 

σz  

(MPa) 
τxz  

(MPa) 
τyz  

(MPa) 
σz  

(MPa) 
τxz  

(MPa) 
τyz  

(MPa) 
σz  

(MPa) 
τxz  

(MPa) 
τyz  

(MPa) 

Ply 1-2 0.34 0.00 -0.91 -0.39 1.14 1.13 0.05 0.18 -0.12 

Ply 2-3 0.28 0.00 0.82 1.77 -5.84 -5.36 1.21 -1.22 -2.61 

Ply 3-4 0.09 0.00 -0.57 1.41 -5.51 5.60 1.00 -1.14 2.64 

Ply 4-5 0.07 0.00 0.50 -1.05 1.94 -0.97 -0.29 0.30 0.05 

Ply 5-6 -0.01 0.00 -0.37 -0.84 1.88 0.59 -0.30 0.29 -0.10 

Ply 6-7 0.03 0.00 0.24 0.68 -1.87 1.86 0.36 -0.39 0.88 

Ply 7-8 -0.03 0.00 -0.14 -0.09 0.27 -0.19 -0.03 0.06 -0.02 

Ply 8-9 - - - 0.00 0.21 -0.03 0.00 0.06 -0.04 

 

 

 

 

 

Figure 1 - Laminate configuration, loading and boundary 

conditions (adapted from [4]) 

 

 

Figure 2 - Typical mesh for the laminate – ANSYS 

 

Figure 3 - σz, τxy τxz distribution along ±45
o
 interface for a 

[±45]s laminate in tension.[6] 
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Figure 4 - σz, τxy τxz distribution along ±45
o
 interface for a 

[±45]s laminate in 4-point bending. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

Figure 5 - The τxz distributions along the width at the ply interface (z = h) for a [±45]s laminate in 4-point bending. 
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Figure 6 - Differential values of τxz (p-8) and τxz (p-5) along the interface in [±45]s laminate in 4-point bending. 

 

 

Figure 7 - Interlaminar stresses at the ply interface (z = -h) for a [±45]s laminate in 4-point bending. 
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Figure 8 - Interlaminar stresses at the ply interface (z = -h) for a [0/90]s laminate in 4-point bending. 

 

 

Figure 9 - In-plane stresses through the thickness for [0/45/90/-45/0/45/90/-45/0]s and [0/65/90/-65/0/65/90/-65/0]s 

laminates in 4-point bending 
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Figure 10 - Interlaminar stresses through the thickness at y/b = 0.993 for a [(0/90)4]s laminate in 4-point bending. 

 

 

 

Figure 11 - Interlaminar stresses through the thickness at y/b = 0.993 for a [0/45/90/-45/0/45/90/-45/0]s laminate in 4-point 

bending. 
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Figure 12 - Interlaminar stresses through the thickness at y/b = 0.993 for a [0/65/90/-65/0/65/90/-65/0]s laminate in 4-point 

bending. 
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Abstract  
This paper studied the fracture behavior of fiber-

reinforced composites using the spiral notch torsion 

test. Cylindrical specimens of fiber-reinforced 

polymeric composites with spiral notches were 

fabricated along different orientations with respect to 

the fiber orientation. The critical loads upon failure 

under monotonic torsion were recorded at different 

loading rates. Fractographic characterization revealed 

novel failure patterns in the fiber-epoxy interfaces, 

including fiber-matrix delamination and alternative 

inter- and intra- circular cracks. By incorporating the 

mechanical properties of the fiber composites, finite 

element modeling was successfully applied to 

characterize the effect of material anisotropy on the 

stress contour around the crack tip for different 

specimens.     

 

1 Introduction 

1.1 Background 

It is difficult to measure the strict plane-strain fracture 

toughness of structural materials based on the ASTM 

standard test method (E399) [1], since the target 

materials may be geometrically unsuitable or 

volumetrically limited to be fabricated into standard 

specimens. Therefore, it is beneficial to use small 

specimens to obtain KIC  data in many applications  [2]. 

If consistent KIC values could be directly measured, 

the safety margins associated with current regulations 

on the assessment of material properties will be 

improved substantially. Furthermore, for statistically 

inhomogeneous materials, it will require a large 

number of testing samples having a long crack front to 

obtain a statistical mean value of fracture toughness. 

The amount and size of these requirements may not be 

practical for many materials of interest. 

 

1.2 Specimen size effect  

Significant effort has been applied to develop 

experimental techniques to study the fracture behavior 

with small specimens; few methods could directly 

measure KIC without a concern of the size effect. 

Meanwhile, failure of real structure seldom occurs in a 

single mode, such as mode I in pure tension. For 

example, wind turbine systems are subject to a 

complex combination of stress status, especially to the 

turbine blades in rotation.  Some component design 

are effective in mitigating flexural loading (mode I: 

tensile failure), they may not be efficient enough in 

resisting the torsional load (mode III: the out-of-plane 

shear failure). Fracture behavior under mixed mode 

loading (modes I and III) is not well known, partially 

due to the experimental difficulties with the test 

method using a compact-tension specimen.  

 

2 Spiral Notch Torsion Test 

2.1 Test description
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A new method, Spiral Notch Torsion Test (SNTT), 

was developed to study the fracture behavior using 

cylindrical specimen for different structural materials 

[2], as will be detailed in the following sections. 

 

The SNTT test method applied torsion to a cylindrical 

specimen having a V-grooved spiral line with a 45° 

pitch (Fig. 1). When the grooved specimen is 

sectioned into segments perpendicular to the groove 

line, each tiny segment can be viewed as a notched 

Compact-Tension (CT) specimen. Therefore all the 

virtual CT specimens are bonded together side-by-

side, the compatibility condition [2] is automatically 

satisfied, remaining in place before and after 

application of torsion loading. In the square element 

with shear stresses (Fig. 1), the principal stresses are 

aligned with the red arrows (in tension) and white 

arrows (in compression). When a notch is introduced, 

a tri-axial tensile stress field will evolve in around the 

notch root area. This observation has been 

experimentally and analytically validated in previous 

study [2].  

 

General consensus has been raised to support the 

method using compact-tension specimens as a 

standard method, some deficiencies to meet the 

requirements of the classical theory of fracture 

mechanics remain for such conventional approaches. 

The SNTT test system operates by applying pure 

torsion to cylindrical specimens having a spiral notch 

line around the specimen at a 45° pitch angle. The 

pure torsion creates a uniform equi-biaxial 

tension/compression stress field along the concentric 

segments.  The grooved line effectively becomes a 

Mode I crack opening in tensile failure. It is 

reasonable to visualize that the cylindrical specimen 

as a transformed manifestation of a compact-tension 

specimen having a width equivalent to the total length 

of the spiral notch. However, it is difficult to 

uniformly distribute the applied loads through the 

entire thickness of the conventional compact-tension 

specimens. This is because the stresses at and near the 

two free surfaces are anomalous, resulting in shear lip 

formation often discernible in fractured specimens. In 

contrast, the torque load acting on every cross-section 

along the cylindrical specimen is identical. A plane-

strain condition is successfully achieved on every 

plane orthogonal to the spiral groove.  

 

2.2 Deformation of the SNTT configuration 

Because of the plane-strain, axisymmetric constraint 

and the uniformity in the stress and strain fields of 

SNTT configuration, the crack front must propagate 

perpendicularly towards the specimen axis. A 

specimen with intrinsic symmetry to study the 

fracture of materials is established. Due to the 3-D 

non-coplanar crack front of SNTT configuration and 

the lack of close form solutions, KIC of SNTT method 

was evaluated using 3-D finite element analysis with 

J-Integral based on domain integral method [3].  

 

2.3 Mixed-mode fracture toughness 

Li et al. [4] developed an experimental set-up using a 

specially machined steel CT specimen. Their results 

indicate that mixed mode I-III toughness and tearing 

modulus reduced to 50% and 30%, respectively, 

compared to those under Mode I for some ductile 

materials. Therefore, the synergistic impact due to the 

combination of flexural normal stress (Mode I 

fracture) and the torsion shear stress (Mode III 

fracture) to the fracture performance of the materials 

need a further review, especially in systems subject to 

rotating loading.  As for the brittle materials, the 

Mode I is still the dominate failure mode, such as for 

epoxy materials. The mixed mode I-III study could be 

performed by varying the spiral notch pitch angle 

away from the 45° to other angles. 

 

3. Materials and methods 

3.1 Materials 

The composite SNTT specimens used in this study 

were fabricated from composite plates made from the 

vacuum assisted infusion technique (Fig. 2). These 

plates consisted of 20 layers of unidirectional fabrics 
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stitched at 90˚ (E-LT 5500-10, Vectorply Corp. 

Phenix City, AL). The infused epoxy was Epikote 

RIMR 135 resin/Epikure RIMH1366 curing agent 

(Momentive, Columbus, OH). The resin to curing 

agent weight ratio was 100:30, while the plates were 

cured at 70˚C for 8 h for completion. The fabrication 

of the fiber-reinforced composites used in this study 

is shown in Fig.2. 

 

Fiber-reinforced composites are anisotropic materials. 

It is important to characterize the materials properties 

along different orientations, because these properties 

could affect the crack growth pattern along these 

directions. In this study, the fiber-reinforced 

polymeric composites were treaded as orthotropic 

materials. The corresponding mechanical properties, 

including the modulus of elasticity and Poisson’s 

ratio, are measured experimentally along different 

orientations [5]. The details of the data are 

summarized in Table 1.  

  

3.2. Specimens 

Three types of SNTT specimens were fabricated 

along different orientation, including (1) type A: the 

cylinder axis is perpendicular to fiber orientation; (2) 

type B: the cylinder axis is parallel to fibers; and (3) 

type C: the cylinder axis is at 45˚ to fiber orientation. 

The detail views of the spiral notch in different 

specimens are shown in Fig.3. The diameter of the 

cylinder was 1.0 cm, and the notch depth was 0.2 cm.  

 

3.3. Experimental methods 

A servo-hydraulic axial-torsional testing machine 

(Model 809, MTS Systems Corp. Eden Prairie, MN, 

USA) was used to perform testing of composite 

SNTT specimens. The experiment set-up is shown in 

Fig.4. Metallic fixtures were designed to adapt to the 

components of MTS machine. Both ends were 

inserted to the fixtures (Fig. 4b) to stabilize the 

specimen before testing [6]. In order to evaluate the 

effect of loading rate the critical failure load to the 

specimens, three different loading rates were selected 

to perform a series of test, including 0.56, 1.13 and 

2.26 N-m/sec (5, 10 and 20 in-lbf/sec). Three 

replicates were collected for each specimen to 

generate statistical data. 

 

In order to apply pure torsion to specimens, the axial 

loading force during the test was controlled to 

minimum. Thus, the axial force for testing series of 

0.56 and 2.26 N-m/sec were 2.2 N; whereas the one 

for 1.13 N-m were 22.2 N. 

 

4. Finite element modeling 

A finite element model was established in ABAQUS™ 

[3] for the composite SNTT sample. Due to the 

rotational symmetry of the helix structure, part of the 

cylindrical sample was modeled from the entire 

specimen. The crack tip area was meshed with wedge 

elements C3D15. The rest of the areas were meshed 

with elements C3020R. Finer mesh was established 

around the crack tip, while coarser mesh was 

distributed for the rest area. A smooth transition was 

achieved between the coarse and fine meshes. In the 

finite element model, a concentrated torque was 

applied at the center of the cross section on one end 

of the cylinder model. On the other end, the in-plane 

translations were fixed to simulate the necessary 

constraints for the specimen. The total mesh is shown 

in Fig. 5a. 

 

All materials used in this study were assumed as 

orthotropic materials. The primary materials 

properties used in this study were based on the 

experimental measurement summarized in Table 1. 

 

5. Results 

5.1 Load-displacement curves 

Representative loading curves of the SNTT test for 

different types of specimens are shown in Fig.6. The 

characteristic in three types of specimen were clearly 

presented. For all three specimens, a well-defined 

linear curve existed in the beginning of the curves. 
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However, the post-peak behavior varied substantially 

from different types of specimen. 

In type A specimen, the peak torque was lowest 

among those of all three specimens, and the load 

dropped significantly after the peak. Several failure 

stairs appeared before the torque decreased to 

minimum. In type B specimen, the peak torque was 

the highest among those of the three.  But the peak 

load remained at the same level as with a saw tooth 

shape variation before a slight decreasing occurred. In 

the type C specimen, the peak load was in between 

that of type A and B, and a quick drop after the peak 

load also appeared in post-peak step failures.    

 

5.2 Effect of loading rates 

Based on the three loading rates applied in this study, 

i.e., 0.56, 1.13 and 2.26 N-m/sec, the critical failure 

loads were collected for each specimen (Fig.7).  For 

each loading rate, the type B specimen exhibited the 

highest peak load; while the type A specimen 

exhibited the lowest peak load. The peak load of type 

C specimen was in between those of type A and type 

B. Based on the data in Fig.7, the peak loads for each 

type of specimen were not sensitive to the loading 

rates selected in the study. 

 

5.3 Fractographic characterization 

The fracture surfaces of the failed specimens were 

examined using both optical images and Scanning 

Electron Microscopes (S-3400, Hitachi, Japan).  

5.3.1 Type A specimen 

The type A specimen split into two halves after 

failure. Both fiber and strand failures could be 

observed in Fig.8a. The SEM image (Fig. 8b) showed 

that the cracks propagated along the interface 

between the fiber and the epoxy, while the glass 

fibers remained intact. Shear deformation lines could 

also be detected along the fiber-matrix interface, a 

clear evidence of the shearing stress under the 

torsional loading. Since the fiber orientation was 

orthogonal to the cylinder axis, the cracks could 

propagate through the entire fiber length upon failure. 

5.3.2 Type B specimen 

The type B specimen did not split into halves upon 

failure. Based on the front and back view of the failed 

specimen (Fig. 9a), there were white failure zone 

around spiral notch area. In order to further 

characterize failure details, a cross section view was 

obtained by cutting along the center of the specimen 

(Fig. 9b). Different types of crack were detected, 

including the cracks between fabric layers, crack 

between fiber strands and a circular crack. The 

circular crack starting from notch tip propagated 

around the unnotched area with alternative inter- to 

intra- crack growth patterns.  

 

5.3.3 Type C specimen 

The type C specimen also split into two halves after 

failure. Instead of a straight cutting step surface in 

Fig.8a, the fracture surface exhibited a curvature 

(Fig.10). This was due to the 45˚ angle between fiber 

direction and the cylinder axis. 

 

5.4 Finite element results 

Finite element analysis was performed to characterize 

the fracture behavior of different types of specimens 

under torsion.  The von Mises stress distributions of a 

representative deformed type specimen was shown in 

Fig.11a with a scale factor of 20. It exhibited that 

stress concentration occurred around the spiral notch 

of the cylinder. Similar stress concentrations around 

the notch were also found for deformed type A and C 

specimens.  

 

Meanwhile, the stress contours around the crack tip 

were also plotted for further analysis in Figs 11b-11d. 

Different stress contours were observed in type A, B 

and C specimens. In type A specimen, the fiber 

orientation was perpendicular to the cylinder axis 

with a length of the cylindrical diameter. So the 

specimen could split into halves after failure. In type 

B specimens, the fibers were parallel to the 

cylindrical axis with the same length as the specimen. 

Even though delamination occurred upon failure, the 
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fibers could still hold the failed piece together. In 

type C specimen, the fibers were 45˚ with the 

cylindrical orientation with a length between that of 

type A and B. 

The mechanical property along the fiber orientation is 

significantly different from those in the trans-fiber 

and stacking orientations (Table 1). In type A 

specimen, the unsymmetrical stress contour around 

the crack tip is a proof of this material anisotropy (Fig. 

11b). The stress level was also lowest in type A 

specimen. However, in type B specimen, the 

mechanical properties in the trans-fiber and the 

stacking orientations were similar to each other, the 

stress contour were relatively symmetric (Fig 11c). In 

type C specimen, both the shape and stress level 

around the crack tip was in between those of type A 

and type B specimens (Fig. 11d). 

 

6. Conclusions 

In this paper, the fracture behavior of fiber-

reinforced polymeric composites was studied using 

spiral notch torsion test. Three types of composite 

specimens were fabricated from unidirectional 

laminate composites.  The angle between the 

specimen axis and the fiber orientation were 90
o
 in 

type A specimen, 0
o
 in type B specimen, and 45

o
 in 

type C specimen. Type A specimen split into halves 

upon failure, and interfacial failure between glass 

fibers and epoxy were observed. Type B specimen 

remained together even though delamination occurred 

around the spiral notch. Fractographic analysis 

revealed the presence of three types of cracks, 

including the interfacial fiber layer crack, fiber strand 

crack and a circular crack around the unotched area. 

Type C specimen also split into halves but with a 

curved fracture surface. 

 

         In finite element analysis, effect of orthotropy 

on the fracture was displayed by von Mises stress 

contour around the crack tip in different types of 

composite specimens.  Type A specimen exhibited 

the lowest stress level, and the unsymmetrical stress 

contour was attributed to significant difference of 

mechanical properties between the fiber and the other 

two orientations. Type B specimen exhibited the 

highest stress level, and the stress contour was 

relatively symmetric due to the similar mechanical 

properties between the stacking and the trans-fiber 

orientations. Type C specimen exhibited the 

intermediate stress level and the stress contour shape 

between those of type A and B. 
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Fig 1. A schematic of Spiral Notch Torsion Test 

 

 

 
 

Fig.2. An image showing the fabrication of the fiber-

reinforced polymeric composites using vacuum 

assisted infusion techniques. 
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Fig.3 (a) Three types of SNTT specimens used in this 

study, including type A, type B and type C specimens 

with different fiber orientation; Optical images with 

higher resolution (b) type A specimen; (c) type B 

specimen and (d) type C specimens. 

 

  
 

Fig. 4 (a) Experiment-setup of the composite SNTT 

specimen coupled in MTS; (b) A detail image of a 

representative cylindrical specimen mounted into the 

fixture. 

 

 

 

           

 
 

Fig.5. (a) The mesh of finite element model used in 

the study; material models (b) type A specimen; (c) 

type B specimen and (d) type C specimen. 

 

 
Fig.6. Representative torque versus time curves for 

type A, B and C specimens. 
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Fig.7. The critical failure loads for different 

specimens at various loading rates. 

 

 

 
Fig.8. (a) Optical images of the split type A specimen; 

(b) Back scattered image of the interface between 

fibers and epoxy matrix. 

 

 

 

Fig.9. (a) Front and back views of the failed type B 

specimen; (b) cross section cut view of the failed type 

B specimen. 

 

 

 
Fig.10. Fracture surfaces of the failed type C 

specimen.  
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Fig.11. (a) Specimen B4: stress contour around crack 

tip; (b) Specimen A6; (c) Specimen B4 and (d) 

specimen C6 (Unit: Pa). 
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Table 1. Mechanical properties of the fiber reinforced 

composites. 

Orthotropic Material Properties 

E1 (GPa) 44.60 G23 (GPa) 3.77 

E2 (GPa) 17.00 υ12 0.262 

E3 (GPa) 16.70 υ23 0.350 

G12 (GPa) 3.49 υ13 0.264 

G23 (GPa) 3.46 𝜌 (kg/m
3
) 1924 
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1 Introduction  

Delamination is often considered as one of the most 

critical failure modes in composite materials. 

Delaminations develop from a number of 

processes/features such as ply-drop-offs, impact 

damage, notches and manufacturing defects. Even a 

simple, single plane defect can result in multiplane 

delamination growth [1,2]. Indeed, delamination 

growth is often associated to secondary processes 

such as intralaminar or translaminar damage.  

 

One of the most popular approaches to characterise 

propagation of delaminations has been the 

application of linear-elastic fracture mechanics 

which requires the quantification of the critical strain 

energy-release rate of the interface at which 

delamination grows [3]. Coupon tests have been 

successfully used to study the delamination fracture 

toughness of composites in mode I, II, III and 

combinations thereof. The most commonly used 

configurations to characterise fracture toughness for 

composites are double cantilever beam (DCB) [4] 

for mode I, 3 point and 4 point end notched flexure 

(3-ENF, 4-ENF) and end loaded split (ELS) for 

mode II and mixed-mode bending [5] (MMB) which 

is capable of producing an array of I-II mode 

mixities. These tests have been used to mainly 

characterise unidirectional ply interfaces. However, 

the use of purely unidirectional layups in structures 

is limited and a full characterisation of 

multidirectional ply interfaces is needed [6]. 

Furthermore, those multidirectional ply interfaces 

are more prone to delamination [7]. 

 

Studies which investigate the micromechanisms 

associated with mode II delamination have often 

been focused on the understanding of matrix fracture. 

It is generally recognised that damage initiates at the 

adjacent fibres and extends into the matrix through a 

series of angled microcracks that develop ahead of 

the crack tip [8]. When these microcracks coalesce, 

the delamination effectively propagates directly 

adjacent to one of the plies at the interface. Whether 

it is the uppermost or lowermost ply is dictated by 

the orientation of the applied shear stress component 

[9], as shown in Fig. 1. After initiation, the 

behaviour of the delamination will depend on the 

orientation of the directing ply, i.e. the ply close to 

which the delamination will propagate. If the 

directing ply is at an orientation that matches the 

delamination growth direction, the delamination will 

continue to propagate at that ply interface. If the 

angle mismatch exceeds a critical value, the crack 

will grow through the ply, leading to a change of 

delamination interface. This process is illustrated in 

Fig. 2. 

 

Two different mechanisms can be isolated from 

these observations: delamination preferentially 

grows along the direction of the fibres at a ply 

interface (directionality) and, if forced to grow 

obliquely to the fibres, a change of delamination 

plane typically ensues (migration). The objectives of 

the research reported in this paper are to firstly 

quantify the directionality of the mode II 

delamination toughness, and secondly to identify 

fractographically the micromechanisms associated 

with directionality. 

 

The challenge in trying to quantify the effect of 

directionality on composite coupons is manifested 

by the consistent presence of migration when trying 

to characterise angled ply interfaces. A new strategy 

is therefore needed to understand this effect while 

suppressing delamination migration. In this paper, 

only the geometrical effect of the fibres will be 

studied. For this purpose the fibres and the matrix of 
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the composite specimen were replaced by an 

isotropic substrate that prevented migration.  

 

2 Experimental studies 

A replica specimen with two adhesively bonded 

arms was used for the tests. Such analogy has been 

successfully used in previous work [10,11] to 

explain crack tip stress distribution in mode II 

composite delamination. At the delaminating 

interface of this specimen, the texture of an idealised 

hexagonally packed composite interface was 

reproduced. The process to obtain the proposed 

geometries is summarised in Fig. 3. The geometry of 

the fibre-dominated side of a delamination (the 

directing ply) was taken as the start point, Fig. 3(a). 

The composite supporting the directing fibres was 

replaced by an isotropic substrate (steel) to prevent 

migration, Fig. 3(b). This geometry (Fig. 3(b)) 

proved to be difficult to machine with the CNC tools 

available;  therefore, following extensive 

development, the final geometry adopted was 

slightly different, Fig. 3(c). 

 

The aim of this experiment was to prove the 

dependence of the crack path on the surface features 

of the directing ply. Also, the experiment aimed to 

prove the independence of the crack path on the 

surface features of the non-directing ply. These tests 

will highlight the correlation between the crack path 

and the critical energy release rate of the 

delaminating interface. Also, the test would generate 

the failure surfaces necessary to fractographically 

glean the micromechanisms associated with the 

variation of critical strain energy release rate of the 

delaminating interface. 

 

2.1 Experimental setup 

The specimens for the directionality experiment 

were made of a mild steel, EN1A, and were CNC 

machined to the geometry in Fig. 3(c) taking into 

account the limitations of the machining tools to 

produce small features. The final adopted geometry 

is shown in Fig. 4. The grooves were machined at 

three different angles 90˚, 0˚ and 45˚ with respect to 

the beam direction (Fig. 5).  

 

The bond thickness was designed to best match the 

stress field at the interply resin rich layer of a 

composite. More details of the design process can be 

found in the Section 3 of this paper. The final 

thickness adopted was 3 mm (Fig. 4) and specimen 

width was 20 mm. Specimens were tested with the 

fixed-ratio mixed-mode (FRMM) test (Fig. 1) to 

produce a mixed-mode ratio GII /GI = 4/3 [12]  with a 

phase angle ψ=atan(GI/GII)=36.8°. This ratio was 

sufficient to drive the delamination to grow next to 

one interface [13]. A 45 mm long Teflon film insert 

was used as a starter crack. Arms were sandblasted 

before bonding with Araldite 2011 and cured at 

room temperature under clamping pressure with 

Teflon shims to control the bond thickness (Fig. 4).  

 

Three different configurations were tested, 0˚/90˚, 

90˚/0˚ and 45˚/-45˚. The load conditions of the test 

determined which of the two arms would be the 

directing ply. In this case it was the upper ply, at 

which the load was introduced (Fig. 1). The 

directing ply will hereafter be identified with an 

underline.  

 

3 Numerical studies 

A linear elastic plane strain finite element model 

was created to verify the validity of approach. The 

model compared the stress field at the resin and the 

adhesive. Two areas were studied, the resin/adhesive 

mid-plane and the boundary between the fibres/resin 

and steel/adhesive (Fig. 6). The model, with the 

same dimensions as the experimental setup, was 

subjected to mixed-mode delamination conditions as 

summarised in Fig. 1. A refined area with 20 fibres 

on the length direction and 3 fibres on the width 

direction was embedded into a larger area with 

composite properties. This guaranteed that no end 

effects were observed on the results and that an 

adequate mesh refinement could be achieved in the 

heterogeneous region. The dimensions used for the 

composite model, i.e. the fibre diameter and 

thickness of the intralaminar resin-rich layer, were 

obtained from a cross-section from CFRP panels 

used in a larger study for delamination directionality 

[14]. The fibres were arranged in an idealised 

hexagonal packing. A parametric study was 

performed for the determination of the bond 

thickness of the replica specimen. The thicknesses 

considered were 0.5, 1, 2, 3 and 4.6 mm.  

 

Fig. 7 shows the magnitude of the principal stresses 

at the matrix. For clarity, only the composite and 

two thicknesses (1 and 3 mm) are shown. The 
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DEPENDENCE OF INTERFACE PLY ORIENTATION ON 

DELAMINATION GROWTH DIRECTIONALITY AND MIGRATION 

presence of the riblets generated an oscillation in the 

stress field ahead of the crack tip which is not 

observed in the composite section. Increasing the 

adhesive bond thickness reduced the effect of the 

riblets at the mid-plane and smoothed the stress field. 

At the adhesive/steel interface the effect of the 

adhesive thickness was, as expected, not significant 

(Fig. 8). 

 

4 Test results 

The delamination propagated cohesively in 

specimens 90˚/0˚ and 45˚/-45˚ and adhesively in 

specimen 0˚/90˚. The test was stable for the adhesive 

failure and unstable for the cohesive case. It was 

therefore possible to measure the fracture toughness 

except for the values of delamination onset only. 

 

4.1 Fractographic results 

The two specimens that had failed cohesively (90˚/0˚ 

and 45˚/-45˚) exhibited cusps [9] at different angles 

as shown in Fig. 9. The delamination propagated 

predominantly at the interface adjacent to the upper 

arm as predicted from the shear direction (Fig. 1). It 

should be noted that obtaining interfaces with a 

directing ply of 90˚ and 45˚ is very unusual in 

composite materials. If the delamination is forced to 

grow at these ply interfaces, migration will generally 

occur. Micrographs of the edges and the cusps were 

taken with a stereo microscope (Fig. 10). However, 

the observations at the specimen edge have to be 

considered with caution. The fracture processes have 

a full 3D development; if a single cross section is 

studied it could lead into simplistic conclusions. 

This is also true for composite materials. 

 

After inspecting the edges, the two arms were 

separated under mode I loading. The three areas of 

the specimen are clearly distinguishable in Fig. 9. 

The exposed failed surfaces were gold sputtered and 

examined with a Hitachi S-3700 scanning electron 

microscope (SEM). 

 

4.1.1 Interface 90˚/0˚  

The delamination process was unstable and the 

sequence of the events could only be established by 

post-mortem analysis. During the test, microcracks 

started developing in the adhesive layer ahead of the 

crack tip. These microcracks were then united by a 

main crack which allowed the full propagation of the 

delamination. This was determined by the fact that 

the microcrack, denoted as A-A’ (Fig. 10), had an 

uninterrupted path. Contrarily, microcracks B-B’ 

and C-C’ were interrupted at the junction with A-A’. 

This suggested that A-A’ occurred before B-B’. 

 

The fracture surface was covered with large cusps 

that after starting at both free edges propagated 

transversally meeting at the centre. This created a 

very intricate cusp pattern as can be seen in Fig. 9(a). 

Close examination under the SEM revealed the 

presence of ribs adjacent to the riblets (Fig. 11). Ribs 

have been observed in composites with a thick 

interlaminar resin-rich layer [9] and their origin is 

thought to be the coalescence of the angled 

microcracks (A-A’ in Fig. 10) with the main crack 

(C-C’ in Fig. 10). Two areas can be distinguished, a 

smooth side at the right and a rough side at the left 

of Fig. 11. The smooth part of the rib was created 

during the microcracking process and the rough side 

with riverlines during the crack coalescence. The 

riverlines were used to determine the crack growth 

direction [9] and suggested that the microcracks 

could had initiated at the steel riblets. 

 

4.1.2 Interface 45˚/-45˚ 

Similarly to interface 90˚/0˚, angled microcracks 

developed at the adhesive layer (Fig. 12). This time 

the main crack (B-B’) had a continuous path and the 

microcrack (A-A’) was stopped when meeting B-B’ 

which suggested that microcrack A-A’ occurred 

after the main crack B-B’ originated.  

 

The fracture surface was covered with cusps 

transverse to the riblets. Similarly to composites, one 

arm contained a majority of cusps while the other 

had scallops [9]. These cusps were large enough to 

be appreciated by the naked eye.  

 

Macroscopic ribs were also found in the early stages 

of delamination growth. The ribs were at 45˚ with 

respect to the length. This suggested that the 

microcracks also developed at this angle following 

the direction of the riblets of the lower arm.  

 

Detailed SEM analysis (Fig. 13) revealed the 

presence of secondary cusps parallel to the riblets. 

The local crack growth was inferred from the 

direction of the riverlines. The parallel cusps 

initiated at the two adjacent features and propagated 
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towards the middle. However, the two cracks did not 

meet at the middle.  

It is not common to observe these kind of cusps 

when testing composite coupons under controlled 

mixed-mode conditions. It is usual, though, to find 

them in failure analysis of structures [9] where a mix 

of bending, torsion, and tension/compression loads 

is present. The authors have been able to 

consistently observe cusps with this morphology in 

CFRP coupons obtained from a previous study on 

delamination migration and directionality [14]. An 

example of these cusps is shown in . This 

micrograph was taken from a tapered width end-

loaded split (ELS) specimen. The Teflon insert that 

was used as a starter crack can be seen at the top of 

the micrograph. The insert was placed at the 

laminate mid-plane, 45˚/-45˚ ply interface (the 

directing ply changes for this load conditions). It is 

important to note that delamination migration 

occurred close to the site at which this micrograph 

had been taken. 

 

4.1.3 Interface 0˚/90˚ 

This configuration was the only one that exhibited 

pure adhesive failure. Similarly to previous 

specimens, the delamination initiated at the insert tip 

and propagated next to the upper arm. No other 

microcracks in the adhesive were observed other 

than the first one (Fig. 15). It can be seen in Fig. 9(c) 

that the crack returned to the mid plane when the 

mode I loading became dominant (during the 

exposure of the surfaces for inspection). This 

indicated that a good bond had been achieved. 

Therefore, the difference with specimens 90˚/0˚ and 

45˚/-45˚ was not due to a poor bond but to different 

failure mechanisms associated with the direction of 

the riblets.  

 

5 Discussion 

Delamination has been the focus of a considerable 

amount of research over the last three decades. 

Much of this research has focused on characterising 

delamination over a range of mode-mixities and ply 

interfaces.  

 

While the use of coupons is important to 

characterise fracture toughness, their application to 

observe and understand delamination growth at a 

larger scale is limited. Indeed, to reproduce in-

service damage in test coupon has proven to be a 

challenging task. One of the main challenges for 

delamination is mode III and mixed mode II/III 

characteristion. In these tests the delamination often 

migrates which invalidates the fracture toughness 

results. 

 

The test proposed in this paper, although not 

intended for fracture toughness measurements, 

produced suitable fracture surfaces for the study of 

delamination directionality. The choice of interface 

was purely determined by the sense of the shear 

stress at the crack tip. As specimens 90˚/0˚ and 

0˚/90˚ shared the same angled interface, one would 

expect the same outcome if the mechanism of 

delamination growth was limited to the ply interface 

alone. The choice of interface is also found in 

composites and is consistently observed across 

different loading conditions and geometries [1]. 

 

It has been suggested [9] that mode III could be 

identified through fractographic morphologies such 

as cusps that have developed parallel to the fibres 

(Fig. 14). Such considerations have never been 

proven due to the elusiveness of mode III in test 

coupons. The test presented in this paper could open 

a door to verify the origin of certain fractographic 

observations.  

  

For example, the fact that cusps developed parallel 

to the riblets in the 45˚/-45˚ specimen (Fig. 13) 

suggests that, for this type of cusps to have 

developed, migration needs to have been prevented. 

This, together with the fact that parallel cusps can 

develop in composites, indicates that there are 

mechanisms that can inhibit migration in structures.  

This may be due to the degree of constraint on the 

delamination in the test coupons. As has been shown 

in Ref. [14], a wider test specimen was able to 

consistently produce such cusps. These results are 

encouraging but are only the starting point for a 

future endeavour to characterise mode III 

delamination and migration. 

 

7 Conclusions 

A replica specimen has been developed for the study 

of delamination directionality. Parallels to composite 

materials have been drawn and the possibility of 

generating parallel cusps to study mode III 

delamination has been highlighted.  

 

ICCM19 1514



 

 

 

 

5  

 

 

 

DEPENDENCE OF INTERFACE PLY ORIENTATION ON 

DELAMINATION GROWTH DIRECTIONALITY AND MIGRATION 

The tests presented in this paper aim to illustrate that 

the mechanisms observed in these replica specimens 

do not differ from those that occur in composite 

materials. 

 

To date, this fundamental behaviour of delamination 

of composite materials has been neglected in 

predictive models. The most widespread techniques, 

the cohesive method or the virtual crack closure 

technique, both assume that delamination propagates 

in an isotropic interface (i.e. both mode II and mode 

III critical energy release rates are the same). The 

tests in this paper, however, have demonstrated the 

different behaviour of angled interfaces and the 

importance of understanding its causes. 
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Fig. 1 Loading conditions of a FRMM test. Detail of 

the principal stress direction at the mid-plane for the 

specific case of the fixed-ratio mixed-mode test 

 

 

Fig. 2 Delamination migration mechanism [9]. 

 

 

 

 

Fig. 3 Schematic cross-sections of (a) the fibre-

dominated side of a delaminated composite interface, 

(b) the same interface considering an isotropic 

substrate and (c) proposed geometry for the tests. 

 

 

 

Fig. 4 Specimen geometry with detailed riblet 

geometry shown. 

 

 

  

  
  

(a) 

 

(b) 

 

(c) 

 
 

Fig. 5 Schematic 3D view of (a) 90°/0°, (b) 45°/−45° 

and (c) 0°/90° specimens. 
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DEPENDENCE OF INTERFACE PLY ORIENTATION ON 

DELAMINATION GROWTH DIRECTIONALITY AND MIGRATION 

 

Fig. 6 Zoom of the FE mesh near the crack tip of the 

specimen shown in Fig. 1 for (a) the composite 

model and (b) the replica model 

 

 

 

Fig. 7 Normalised maximum principal stress at the 

mid-plane of the bondline. The displacement is 

normalised over a number of features. 

 

 

Fig. 8 Normalised maximum principal stress at the 

matrix/fibre and the adhesive/steel interface. 

 

 

 
Fig. 9 Fracture surface of (a) 90°/0° specimen (b) 

45°/-45° specimen and (c) 0°/90° specimen. The 

upper image for each specimen corresponds to the 

upper arm which is the directing ply.  
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Fig. 10 Micrograph from the 90°/0° specimen edge. 

The microcrack is denoted as A-A’ and the main 

linking cracks as B-B’ and C-C’.  

 

 

 

Fig. 11 Scanning electron micrograph of the upper 

matching surface of 90°/0° specimen. 

 

 

 

Fig. 12 Micrograph from the 45°/-45° specimen 

edge. 

 

 

 

Fig. 13 Scanning electron micrograph of the upper 

matching surface of the 45°/-45° specimen. 

 

 

 

Fig. 14 Scanning electron micrograph of the lower 

matching surface of a -45°/45° interface 

 

 

 

Fig. 15 Micrograph from the 0°/90° specimen edge.  
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

One of the materials with a potential for use as 

electrode in lithium-ion batteries is carbon fiber. In 

future structural batteries these carbon fibers will 

also have a load bearing function.  Fiber degradation 

may also affect the ion diffusivity and the number of 

charge-discharge cycles with high energy efficiency. 

To ensure the mechanical durability of this type of 

batteries mechanical degradation mechanisms in 

fibers during service life have to be analyzed to 

develop guidelines for material selection. 

Lithium ion intercalation/deintercalation in carbon 

fiber is a transient process causing non-uniform 

swelling of the carbon fiber electrode. The gradients 

of lithium ion distribution lead to formation of 

mechanical stresses in the fiber. During 

deintercalation these stresses may lead to initiation 

and growth of radial cracks in the fiber. In 

intercalation arc-shaped cracks deviating from the 

tip of the radial cracks may form. Micro-crack 

formation decreases the mechanical properties of the 

fibers and reduces the charging properties of the 

battery due to decreased diffusivity. The crack 

propagation and possible damage evolution 

scenarios were analyzed using linear elastic fracture 

mechanics. Finite element method (FEM) 

calculations were performed for stress and fracture 

mechanics calculations.  

 

2 Theoretical Background 

2.1 Ion Concentration in Carbon Fiber  

We consider an infinite electrolyte with uniformly 

distributed carbon fibers. This system can be 

represented by a cylindrical unit cell with a long 

fiber surrounded by an electrolyte. During the 

intercalation lithium ions diffuse into the fiber and 

their distribution along the radial coordinate can be 

described by concentration distribution, which 

follows diffusion equation.  

CDtC  /  (1) 

where C is relative ion concentration in the fiber 

with respect to available sites, Δ is the Laplace 

operator and D is diffusion coefficient. In the 

particular case of a long fiber the diffusion is in-

plane and the concentration is a function of fiber 

radial and angular coordinates r and  respectively. 

Therefore 
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Boundary condition at the fiber surface ( frr  ) [1] 

is: 

0))(( ''  Rca CCkkCDc  
(3) 

 

where '
ak , '

ck  are anodic and cathodic rate constants, 

Parameter RC  has a meaning of saturation 

concentration of ions in the fiber. 

In the present study the focus is on mechanical 

stresses therefore all unknown electrochemical 

parameters are reduced to one unknown parameter B  

(the Biot constant). Thus, varying this parameter 

from zero to infinity we cover all possible 

combinations of parameters such as diffusion 

coefficient, cathodic and anodic rate constants, etc. 

We use definition and notation of electrochemical 

parameters as in [1,2] . 

2.2 Stress Distribution in Carbon Fiber 
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In the considered loading case all shear stress 

components are zero. We obtain generalized plane 

strain constz   solution (z is axial coordinate). 

Stress–strain relationships for transversally isotropic 

fiber (indices 1,2 and 3 correspond to r,  and z  

directions) are obtained: 
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In (4)-(6) i , zri ,, are the swelling coefficients 

in the main fiber directions, 0c  is the maximum 

concentration of the ions, when all possible sites are 

occupied. The diffusion problem and the elastic 

problem are decoupled. We can first find the 

concentration distribution using boundary conditions. 

The concentration distribution does not depend on 

the elastic stress state. The concentration distribution 

),,( rC is used as an input in the elastic problem, 

which can be solved at any arbitrary instant of  , 

where    is normalized time defined as 

2
fr

tD
  (7) 

The mathematical description of the concentration 

distribution is the same as for heat conduction 

problem with convection boundary conditions: 

parameter B  has the meaning of the heat–transfer 

coefficient, C is analogous to the temperature 

distribution and RC  is the value of temperature in 

the surrounding medium. This analogy can be used 

to employ commercial finite element (FE) code 

ANSYS [3] in the presented paper) to find 

concentration and stress distribution. 

 

3 FEM Model  

3.1 Model and the Calculation Procedure 

FEM models for stress distribution (no micro-

cracks) analysis and for radial and arc-shaped crack 

growth analysis were generated. In all cases 

transient ion concentration and corresponding 

mechanical stress distributions were calculated.  

FEM software code ANSYS version 13.0 [3] was 

used to perform all calculations.  Two phase (carbon 

fiber and matrix electrolyte) models were generated. 

First a FEM model for case without damage was 

generated. Taking the advantage of the symmetry of 

the problem, only ¼ of the total transverse FEM 

model is needed to perform calculations. Two cases 

were analyzed: Case 1 with the Biot constant  

B =500 and Case 2 with B =5. The relation between 

diffusion coefficients for Cases 1 and 2 is then the 

following: 21 01.0 DD  . 

To analyze the radial crack growth FEM model 

shown in Fig.1 was generated. According to the 

discussion in the Introduction, the first damage in 

the fiber may be in a form of radial cracks forming 

at the surface of the fiber. In Fig. 1 rl  is the radial 

crack length. The crack face position corresponds to 

the angular coordinate of 4  . Due to the 

symmetry conditions on the horizontal and on the 

vertical axis the fiber in this model has four cracks. 

Interaction between them was not investigated in 

this study. Mesh refinement was used in vicinity of 

the crack tip as shown in the detail in Fig.1. The 

representation of the crack geometry in Fig.1b is 

schematic and it illustrates the deformed state. Since 

the ion diffusion is in the radial direction, the 

diffusion is not affected by the presence of the radial 

crack. When solving the elastic problem contact 

elements were generated on the crack surfaces to 

prevent mechanical interpenetration. The energy 

release rate was calculated using the J-integral based 

routine implemented in ANSYS version 13.0 [3]. 

Following the scenario previously described in the 

Introduction, arc cracks may deflect from the radial 

cracks. The FEM model for arc crack growth 

analysis is shown in Fig.2.  

As shown in the detail in Fig.2b the length of the 

previously formed radial crack is rl , its angular 

coordinate is 4  , while l  is the arc length of 

the arc crack, which is assumed to grow in 

circumferential manner along the arc with radius 

( rf lr  ), symmetrically with respect to the radial 

crack. Due to applied symmetry conditions the 
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model corresponds to four radial cracks with arc 

branches. As in Fig. 1b, also in Fig. 2b the 

representation of the crack geometry is schematic 

and illustrates the deformed state. Contact elements 

were generated on all crack surfaces including the 

initial radial crack surface to prevent 

interpenetration. 

As in the case of radial cracks the calculation of the 

energy release rate for arc cracks was performed 

using the J-integral based routine implemented in 

ANSYS. 

The elastic properties of the carbon fiber used in this 

study are given in Table 1. The elastic modulus of 

the isotropic matrix was 1mE  MPa, the Poisson’s 

ratio of matrix was 3.0m .  

In [4] the swelling strain R
f

Cc03  of approximately 

0.3% was experimentally determined and it 

corresponded to measured capacity of 135 mAh/g at 

1 hour charge. In [5] it was shown that for PAN 

based IMS65 carbon fiber electrodes the capacity 

can be increased by up to 3 times, when charging 

slower, meaning that more lithium ions can be 

intercalated leading to higher swelling. Thus, based 

on these values, the longitudinal swelling strain was 

assumed  R
f

Cc03  = 0.9% to account for 3 times 

higher axial swelling. Swelling strain in transversal 

direction was assumed R
f

Cc01  =1.0%. Although 

atomic scale experimental data for expansion of 

interlayer distance in carbon fibers due to lithium 

ion intercalation are available (see for example [6] 

using X-Ray diffraction), the macroscopic transverse 

swelling coefficient for carbon fibers has not yet 

been presented in the literature. 

Nevertheless, it has to be realized that in the 

considered linear problem the actual value of the 

swelling coefficient is not affecting conclusions:  

increasing the value n times will lead to n times 

increase of stresses and strains and to n
2
 increase of 

strain energy release rate. 

 

4 Results and Discussion 

4.1 Stress Distribution Results   

Results are presented for different time instances 
*t  

as will be explained below. x is the radial coordinate 

(x=0) is in the fiber center. 

In Figures 3a,b and 4a,b distributions of ion 

concentration C , radial stress r  , tangential stress 

   and axial stress z are presented for Cases 1 

and 2 respectively. The results in Figures 3a,b and 

4a,b are presented in the same time scale units and 

are directly comparable: the various instants of the 

normalized time are calculated as iit ,2,1
* 01.0   , 

where i  denotes intercalation. 

At fixed time instants the concentration distribution 

for the Case 1 (Fig.3a,b) has higher gradients than 

for the Case 2 (Fig.4a,b) because the diffusion 

coefficient for the Case 2 is 100 times higher than 

for the Case 1 and the diffusion is much faster. The 

higher gradients in concentration result in higher 

values of the stress components in Case 1 (Fig.3a,b) 

compared to Case 2 (Fig.4a,b). For undamaged fiber 

the concentration profiles and stress distributions 

coincide with the analytical series expansion 

solution presented in [1]. During intercalation the 

radial stress is positive with the maximum at the 

fiber axis. It seems from Fig. 3a,b and 4a,b that the 

maximum values of   are slightly higher for Case 1 

(with B =500). This result should, however, be 

treated with a caution because the shown time 

instants were not selected to present the stress 

maximum. In the central region the hoop stress    

values are similar to the radial stress values. In the 

interface region they are almost two times higher but 

they are compressive. Hence, the only damage mode 

that could be expected to initiate in the intercalation 

phase is cracks in the central region because of 

combined action of radial and hoop stresses. The 

values of these stresses are relatively low and the 

probability of this damage mode as compared with 

other possibilities described below is low. 

The extremely high compressive axial stresses in 

Figures 3b and 4b are due to the applied constraint 

of the plane strain condition that was used in 

calculations. Fig.5 proves that the conditions at the 

fiber ends (plane strain or generalized plane strain 

condition) do not influence the radial and tangential 

stress distributions.   

Results presented in Fig. 3 and 4 correspond to 

intercalation. During deintercalation 

(assuming 0RC ) the initial concentration 

distribution is uniform with 1C  , lithium ions start 

to leave the interface region and the final value of 

the concentration is zero. The concentration 

distribution dependence on time for this process can 
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be obtained from data in Fig.3 and Fig.4 by creating 

a mirror picture with respect to the axis 1C  and 

shifting the result by one unit down in the vertical 

direction. The stresses distributions in Fig.3 and 

Fig.4 are just changing sign. 

Hence, the high hoop stresses    become positive 

and since they are roughly two times higher than the 

tensile radial stress during intercalation, we can 

expect that the first damage event will take place 

during the deintercalation. The damage mode will be 

radial crack under Mode I conditions (due to 

assumed symmetry). 

The possible effect of the electrolyte elastic 

properties on the stress distributions and on the 

presented conclusions was investigated by changing 

the elastic modulus of the surrounding electrolyte 

from 1 MPa to 100 MPa. The only noticeable 

relative stress change was for the radial component 

at the interface: from being negligible it became 

small. Since it does not influence the stress 

distribution and the sequence of events in any 

noticeable way, in following calculations the value  

mE =1 MPa was used. 

4.2 Radial Crack Growth 

The concentration distributions obtained from the 

FEM model with radial cracks (Fig.1) are identical 

to distributions from a FEM model with the 

undamaged fiber. It is due to the geometry of the 

model and the used boundary conditions which 

govern that the flux has only the radial component; 

therefore radial cracks do not interrupt the ion flow.  

The conditions for the radial crack growth were 

analyzed using the model described in Section 3. 

Results are presented for Case 1 only ( B =500). 

Fig.6 shows Mode I energy release rate G  in J/m
2
 

for radial crack growth during deintercalation. The 

presented results were obtained taking the fiber 

radius fr =1m. The curves in Fig.6 each 

correspond to normalized time dt ,1
*  , where  

d denotes deintercalation. According to results 

plotted in Fig.6a in the beginning of deintercalation 

the G  curves are monotonously decreasing with the 

radial crack length rl . One can visualize the 

presented curves as evolution of one curve which is 

changing its values and shape with the time. 

In the beginning ( 5.2* t  ) this curve has growing 

values in increasing time instants, after that the 

values at the same rl  are decreasing. If the radial 

crack would grow in a quasi-static manner based on 

criterion cGG   with a constant cG , the description 

of events is as follows. Assuming a certain initial 

crack length 0
rl , see Fig.6a, this crack will start to 

grow at the time instant when the G  curve 

corresponding to the reached concentration 

distribution crosses the horizontal cG  curve in the 

point 0
rr ll  . Since in this part of the deintercalation 

the G  curve is growing with time the cross-point 

with cG  curve is moving with the time to the right, 

which means that the radial crack is growing. As 

described above, after reaching 5.2* t  the G   

curve starts to decrease, which means that the cross-

point is moving to the left. This means that the   

value for the reached crack length is lower than cG   

and the crack growth stops. It will not grow further 

in the following intercalation-deintercalation cycles. 

This behavior is schematically shown in Fig.7a. 

If the cG  value is very high, the G  curve will never 

cross the cG  curve and the radial defect will never 

grow in a quasi-static manner.  However, in this case 

the radial crack can grow during the many applied 

cycles of charging and discharging as the result of 

fatigue, which may be governed by power law.  

Since this process is related to the change of the 

strain energy release rate G , it can be better 

described using Fig.6b. The G  during one cycle is 

different for each crack length. It is calculated as the 

difference between the maximum and the minimum 

(which is zero) in the G  curve in Fig.6b. According 

to power law the G  value determines the rate of 

the crack growth. For short radial crack, G is large 

and the crack growth rate with the number of 

deintercalation cycles will be high. With increasing 

radial crack length G  reduces and the growth rate, 

rl , will slow down and eventually stop (the values 

at 7.0rl  in Fig.6a,b are close to zero). This 

behavior is illustrated in Fig.7b.  

Results in Fig.6a,b correspond to deintercalation. 

During intercalation if the radial crack is short the 

tangential stresses,  at the crack tip are 

compressive (see Fig.3b). For longer crack lengths it 

is expected that the tangential stresses   at the 

crack tip will be tensile and the crack may propagate 

further in radial direction in Mode I. However, 

considering that in the outer region a large part of 
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the radial crack would be closed (based on the 

tangential stress distribution in Fig.3b) and only the 

region close to the crack tip would be open, we can 

presume that the energy release rate values will be 

much smaller than those shown in Fig.6. Trial 

numerical calculations confirmed this result. 

Therefore, in the first approximation the contribution 

of the intercalation cycle on the radial crack growth 

in quasi-static and also in fatigue case can be 

neglected. 

4.3 Arc Crack Growth 

Numerical results presented in this section are for 

Case 1 only ( B =500). The results described in the 

previous section showed that the driving force for 

radial crack growth decays with the crack length rl . 

When G  for radial crack growth becomes too small, 

crack deflection in the tangential direction can take 

place due to tensile radial stresses during the 

intercalation. Certainly, the strain energy release rate 

for the radial crack growth and for growth of the arc 

crack developing from the tip of the radial crack can 

be very different. In addition, the radial crack 

growth is expected during deintercalation whereas 

the arc crack may grow during the intercalation. 

Furthermore, in an anisotropic fiber with certain 

morphology of graphitic sheets the cG  for crack 

propagation in the tangential direction and in the 

radial direction may be very different. This material 

property for transverse directions in the fiber has not 

been measured. The same is the situation regarding 

the fatigue parameters. Therefore the presented 

results can be useful in discussions regarding the 

possible damage modes but at present they cannot be 

used to predict the real damage behavior of 

particular type of fibers. 

While in the presence of radial cracks the 

concentration distribution is identical to that of 

undamaged fiber, this no longer applies for the case 

of arc cracks deflecting from radial cracks. 

According to the model geometry the arc cracks are 

perpendicular to the direction of flow.  

They “shield” the inner regions (the flux over the 

crack surfaces is zero) and the concentration 

distribution is no longer axisymmetric. Thus the 

concentration distribution depends strictly on the 

length l  and the radial coordinate )1( rl  of the 

arc crack. Fig.8 shows a comparison between the 

axisymmetric concentration distribution along the 

radial coordinate obtained for undamaged fiber (or 

fiber with radial cracks only) and the concentration 

distribution in the case when the arc crack is present. 

Comparison in Fig.8 is performed at the normalized 

time 25* t , the length of the arc crack is 

)1)(2(7.0 rll   , where the length of the radial 

crack is  rl =0.3 (see Fig.2 for reference). 

Two curves in Fig.8 show the concentration 

distribution along x at two values of the angular 

coordinate  =0° and  =45°. It can be concluded 

that due to the shielding effect of the arc crack, at 

 =45° the ion concentration on the outer side of the 

arc crack is approaching the saturation level whereas 

on the inner side the concentration is much lower 

(the concentration increases due to diffusion in the 

hoop direction only). On the line  =0° the radial 

distribution is lower than in the axi-symmetric case 

because part of the ions have to leave the radial path 

to move into the shielded region.  

Due to dependency of the concentration distribution 

on the geometry of the radial and arc cracks, the 

energy release rate calculations were performed for a 

range of different combinations of rl  and l .   

G calculation results given in Figures 9, 10 and 11 

correspond to three cases of the radial crack length: 

1.0rl , 3.0rl  and 7.0rl  respectively, 1fr . 

The results are plotted with respect to the 

normalized length of the arc crack 

 )1)(2/( rn lll   , where  )1)(2/( rl  is the 

maximal possible arc length at this distance from the 

fiber center. It can be seen that for a case, when the 

initial radial crack length is  1.0rl , distinct 

maximum can be observed (Fig.9a), when plotting 

G  as a function of the arc crack length nl . This 

means that the arc crack propagation in quasi-static 

mode would be rather stable. On the other hand, for 

cases when 3.0rl  (Fig.10) and 7.0rl  (Fig.11) 

monotonously increases with the arc crack length 

indicating an unstable propagation. 

More detailed description of the crack propagation 

process can be performed similarly as it was done 

for radial crack growth: selecting certain value of 

cG  and the initial arc crack length 0
nl  . These values 

are shown in Fig. 9a, since this will be the case 

discussed. 

When the intercalation starts the G  curve in Fig. 9a 

“grows” in the vertical direction until it eventually 
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crosses the cG  line at 0
nl . If it happens the arc crack 

starts to grow, the G  to the right of the cross-point 

is higher than in the cross-point and the crack 

growth is unstable. Since the time scale of the crack 

growth is much smaller than the time scale for 

diffusion, we can consider that the arc crack grows 

instantaneously at fixed concentration ( *t ). The 

crack stops, when its size corresponds to the second 

cross-point of the  cG  line and the G  curve. After 

that the arc crack can still grow if the G  curve is 

still rising above cG as a result of concentration 

redistribution with time. For arc cracks 

corresponding to longer radial cracks, Fig. 10 and 

Fig.11, there is no maximum in the G  curve and 

therefore there is no second cross-point. If the arc 

crack starts to grow, the growth would be unstable 

until it connects with the other arc cracks 

symmetrically approaching from the neighboring 

parts of the fiber. However, if the arc crack is not 

long, the values of the G  for these cases are slightly 

lower than in Fig. 9 and it may be more difficult to 

start the arc crack propagation. 

Behavior in fatigue during many intercalation cycles 

may be analyzed using Fig.9b. For an arc crack 

generated by short radial crack in the beginning the 

G  is small and the arc crack growth rate, 
nl  , is 

low. It increases with the increase of the arc crack 

length, reaches maximum and slows down 

approaching to zero. For cases when the arc crack 

originates from longer radial cracks, the G and 

also the crack growth rate increases with time 

(accelerated unstable growth). These trends are 

schematically shown in Fig.12a and 12 b. 

Comparing the values obtained for deintercalation 

with the values for intercalation shown in Fig.9-11 it 

was concluded that G in deintercalation is negligible 

and cannot significantly contribute to the arc crack 

growth. 

Since the axial symmetry in ion concentration and 

stress distributions is lost, if the arc cracks are 

present, Mode II propagation should also be 

considered. However, trial calculations using virtual 

crack closure technique [7] showed that even though 

Mode II is present, the magnitude of IIG  compared 

to magnitude of IG  is negligible. 

 

 

5 Conclusions 

Lithium ion diffusion in a carbon fiber was analyzed 

numerically with the aim to understand and to 

evaluate possible damage mechanisms (crack 

formation and growth) in the fiber as the result of 

nonuniform swelling. Thermal analogy with ion 

diffusion in combination with FEM based elastic 

stress analysis was used.  

Simple analysis of transient ion concentration 

distributions and corresponding stress distributions 

showed that radial cracks may appear in the fiber 

during the deintercalation. During the following 

intercalation arc cracks may deflect from the 

previously formed radial cracks. Growth of these 

two types of cracks was analyzed using fracture 

mechanics approach. 

During the first deintercalation high hoop stresses 

can initiate radial crack growth in the fiber. The 

crack growth with time is stable. It stops when due 

to ion concentration gradient change with time the 

strain energy release rate starts to decrease. 

The radial crack can also grow in fatigue with 

increasing number of intercalation-deintercalation 

cycles. The fatigue crack growth rate is highest, 

when the crack is short and becomes equal to zero 

when the radial crack length is about 70% of the 

fiber radius. 

During intercalation the arc crack may deflect from 

the tip of the radial crack. Its growth in a quasi-static 

manner becomes unstable as soon as the critical 

value of the strain energy release rate is reached. 

However, the arc crack growth stops if the arc crack 

has originated from a relatively short radial crack. In 

fatigue the behavior depends on the length of the 

radial crack, from which the arc crack deflected. If 

the radial crack was short, the arc crack will first 

grow with an increasing rate. The rate will reach 

maximum, then it will be reduced and the growth 

will eventually stop before the arc crack goes around 

the whole fiber. If the radial crack from which the 

arc crack starts is large, the arc crack propagates in 

fatigue with increasing growth rate until it 

eventually links with other arc cracks coming from 

other radial cracks. 
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Fig. 1. FEM model for radial crack growth analysis 

 

 
Fig. 2. FEM model for arc-shape crack growth 

analysis 

 

 

 

Fig. 3a. Distribution of ion concentration and radial 

stresses. 500B  

 

 
Fig. 3b. Distribution of corresponding tangential and 

axial stresses. 500B  

 

 

 
Fig. 4a. Distribution of ion concentration and radial 

stresses. 5B  

 

 
Fig. 4b. Distribution of corresponding tangential and 

axial stresses. 5B  
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Fig. 5. a) Radial stress distribution and b) tangential 

stress distributions at plane strain and generalized 

plane strain conditions. 

 

 
Fig. 6a. Energy release rate for radial crack growth 

during deintercalation for Case 1. 

 

 

 

 
Fig. 6b. Energy release rate for radial crack growth 

during deintercalation for Case 1. 

 

 
Fig. 7a. Schematic showing of radial crack 

propagation length in quasi-static manner 

 

 
Fig. 7b. Schematic showing of radial crack 

propagation rate 
rl    in cyclic loading 
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Fig. 8. Concentration distribution at intercalation 

time  *t =25 in carbon fiber with radial and arc 

cracks, rl  =0.3,    rll  127.0   

 

 
 

Fig. 9a. Energy release rate for arc crack growth 

during intercalation. rl  =0.1. 

 

 
Fig. 9b. Energy release rate for arc crack growth 

during intercalation. rl  =0.1. 

 

 
Fig. 10. Energy release rate for arc crack growth 

during intercalation. rl =0.3. 

 

 
Fig. 11. Energy release rate for arc crack growth 

during intercalation. rl =0.7. 
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Fig. 12a. Schematic showing of arc crack 

propagation length in quasi-static manner. 

 

 
Fig. 12b. Schematic showing of arc crack 

propagation rate 
nl   in cyclic loading. 

 

 

Table 1. Elastic properties of the carbon fiber 
fE3  fE1  

fG31  f

31  f

12  

[GPa] [GPa] [GPa] [-] [-] 

300 30 20 0.2 0.45 
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1. Introduction  
Random carbon nanotube (CNT) networks have 
shown unique property improvement when uniaxial 
strains are applied. A high degree of alignment can 
be induced on the CNT networks by plastic 
deformation. This modification leads to substantial 
improvements in properties such as tensile strength 
and Young’s modulus along the alignment direction. 
The alignment process is also scalable, which makes 
the highly aligned CNT materials via strain-induced 
alignment an attractive material for use in a wide 
variety of industrial applications. The high degree of 
alignment is achieved due to the extra high CNT 
aspect ratio that causes high degrees of entanglement 
and locking points between the CNTs. In this 
research, the changes in both microscopic and 
macroscopic morphology of the CNT networks were 
studied and the mechanisms of performance 
enhancement were investigated. The high degree of 
CNT alignment and feasibility for the scaling up of 
production were demonstrated.  
 
2. Motivation and Materials Selection  
CNTs have great potential because of their high 
mechanical [1-5], electrical [4-6] and thermal [7] 
properties. The tensile strength for an individual 
multi-walled carbon nanotube (MWCNT) is 
measured between 11 and 63 GPa [1-4]. However, 
when the CNT network is fabricated, the theoretical 
strength of the individual nanotubes is not 
transferrable because of the lack of alignment and 
anisotropy within the networks. Many research 
groups have attempted different techniques to align 
CNT networks. Of the many methods attempted, 
mechanical stretching shows promise because of the 
ability for the process to be scaled up as opposed to 
the other methods that only produce very small 

samples. In order to make breakthroughs in this 
process, analysing and understanding how the CNT 
networks are microscopically and macroscopically 
modified during the different stages of uniaxial 
strain applied during stretching is critical. A crucial 
feature of the random CNT network needs to possess 
is an extremely high aspect ratio for each constituent 
CNT. The aspect ratio for MWNTs is roughly 
100,000 (length of ~1 mm and diameter of ~3-8 nm) 
and can withstand large stretching strains. Such 
ultra-high aspect ratio allows for the macroscopic 
network to be stretchable and achieve high degree of 
alignment. The randomly dispersed MWNT sheets 
discussed in this paper were provided by Nanocomp 
Technologies, Inc. (Concord, NH). The sheets are 
highly stretchable due to their extra-large aspect 
ratio, high nanotube waviness and entanglements, as 
well as their unique catalyst physical locking points 
from the manufacturing process, as shown in Fig. 1.  
 

 
Fig. 1. Ductile network of randomly oriented high 
aspect ratio MWNTs with heavy entanglement. 
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Raman scattering techniques were used to 
investigate the orientation and structural changes 
when CNT sheets were plastically deformed to 
different levels of strain. Tensile tests during and 
after stretching as well as Scanning Electron 
Microscopy (SEM) imaging were also used to 
characterize the network structures and properties at 
different levels of plastic deformation. 

3. Experimentation 
 
Sheets of MWNT have shown the capability to be 
plastically elongated consistently to 30% strain 
without damaging the CNTs or the network. The use 
of CNT networks in the absence of significant levels 
of added polymers or other matrices is crucial for 
understanding the nanoscale mechanisms of plastic 
deformation. It is important to clearly observe 
nanotube to nanotube interactions during strain 
application to reveal the load transfer mechanisms 
within the networks.  
 
The sheets of random MWNTs from Nanocomp 
Technologies were cut into samples with a 1:5 
aspect ratio, and then placed on a universal tester 
AGS-J (Shimadzu Scientific Inc., Japan).  A 
constant head displacement rate was set at 0.5 
mm/min. The low strain rate was chosen to reduce 
the impulse loads applied on the nodes of the carbon 
nanotube network and prevent premature failure of 
the sample. The elongation or strain was monitored 
and the machine was stopped at selected strain 
levels. To reduce the elastic spring back of the 
network, the sample was held on the machine until 
the uniaxial force reduced to a near zero level, and 
then the sample was removed. Fig. 2 shows the 
stress-strain dynamics during the strain application 
process, which was evidenced that the procedure is 
highly repeatable and consistent. 
 

 
Fig. 2. Typical tensile stress-strain curves, and 
sample morphology produced by the MWNT sheets 
with strains of 10%, 20%, and 30%. 
 
The resulting SEM images in Fig. 3 show the 
microscale evolution of the CNT networks from 
random orientation (a) to a densely packed structure, 
with heavily bundled “ropes” and an improved 
aligned degree in the horizontal direction (the 
direction of strain) (d). 
 

 
Fig. 3. SEM images of MWCNT networks at strains 
of 0% (a), 10% (b), 20% (c) and 30% (d) 

3.2 Comparison with Polymer Stretching 
Extensive research has been performed in the field 
of oriented polymer networks. Cross-linked non-
brittle polymer chains show similarity to the 

(a) (b) 

(c) (d) 
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structure of nanotube networks in their 
nanostructure, morphological changes, and 
stress/strain characteristics. This study examines the 
application of brittle-ductility transition 
fundamentals of polymers to explain the modes and 
mechanisms of plastic deformation and alignment of 
the networks. 
 
The nanotube networks’ structural evolution and 
stress-strain behaviours are similar to those of 
polymer materials [8-10]. Fig. 4 shows the major 
mechanisms of the brittle and plastic polymers 
during tensile deformation. The stress-strain 
dynamic of the bilinear elastic/plastic deformation of 
the networks is similar to plastic polymers. The 
difference is that the CNT sheets did not undergo a 
stress reduction after onset of necking, unlike plastic 
polymers. This is possibly due to the fibrillar and 
cross-linked nanostructure of the nanotube network 
that is slightly more brittle than that of the plastic 
polymers. The response of the CNT networks can be 
described as a combination of the cross-linked brittle 
polymer and the fibrillar plastic polymer stretching 
behaviours as shown in Fig. 4. 

 
Figure 4. Typical stress-strain curves for the 
response of a brittle and a plastic polymer to tensile 
deformation [9-10]. 

4. Results and discussions 

4.1 Interaction Modes during Plastic 
Deformation 
During the stretching, we propose the structural 
change modes of the nanotube network under 
tension that are taking place simultaneously within 
the material. The major modes can be described as 

the following: de-bundling, elongation, sliding 
friction, and self-assembly.  

4.1.1 Alignment degree of CNT network with 
different stretching strains  
This mode of the network’s deformation during the 
application of uniaxial strain is individual nanotubes 
and their bundles undergoing uniaxial stress at each 
end, and becoming straight and aligned to the 
elongation direction [6]. Raman measurements of 
the G-band peak are known to reveal the orientation 
of the nanotubes [6, 11-12]. Although the Raman 
measurements are limited to the surface of the 
material to ~50 nm surface depth (approximately 10-
15 nanotube layers), the measurements can be 
considered representative of strain-induced 
orientation of the nanotubes throughout the material 
[11-15]. The polarized Raman spectra was measured 
first with the polarization parallel to the strain-
oriented direction (θ = 0̊) then perpendicular to the 
strain-oriented direction (θ = 90̊) and the G-band 
intensity ratios between the two directions was 
calculated as shown in Fig. 5. The increase in the 
alignment degree as the strain increases shows that 
as the network was plastically deformed, the 
nanotubes were more aligned and showed a 
polarized response in direction of alignment. 
 

 

Fig. 5. Alignment degree calculated from G-band 
intensity ratios along parallel and perpendicular 
polarizations to the stretching direction.  
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4.1.2 Sliding friction mechanism 
The sliding friction mode of tension for the CNTs 
under tensile strain is the axial translation of 
individual nanotubes and nanotube bundles in close 
enough proximity to activate physically and 
chemically induced friction forces. This mode of 
tension is most prominent at roughly 20% strain as 
shown in Fig. 6. Here it becomes obvious that 
nanotubes that were once perpendicular to the axis 
of orientation are now closer to being oriented 
parallel to the tensile direction. This change in 
orientation causes friction between unoriented 
perpendicular nanotubes and also between co-
oriented parallel nanotubes. 
 

 
Fig. 6. SEM images of MWCNT networks at a 20% 
strain. Arrows indicate strain direction. 

4.1.3 De-bundling mechanism 
There is additional tension due to bundles of CNTs 
either releasing from a bundle or reassembling into 
another bundle. This is most evident through 
examining SEM images and estimating bundle size. 
From Fig. 7, it is clear that the loose bundle in (a) 
has roughly a diameter of ~1µm while the bundle in 
(b) has a diameter of ~2 µm. This reduction in 
bundle size is resulted from not only nanotubes 
being peeled from the bundle but also the nanotubes 
becoming more intertwined and forming large 
aligned bundles. 
 

 
 
Fig. 7. SEM images of MWCNT bundles at the 
strains of 20% (a) and 30% (b). Circles indicate 
bundle size and assembly changes. 

4.1.4 Packing and reassembly mechanism 
When individual nanotubes and bundles became 
closer and reassembled into larger bundles to form a 
denser network, the packing and reassembly of 
CNTs occurred. The densification of the CNT 
network decreased void content and activated 
stronger van der Waals interaction between 
individual nanotubes, leading to better load transfer. 
Fig. 7 also shows the extreme densification of the 
bundles that occurs between 20% and 30% strain. In 
Fig. 8, it was clearly observed that most ropes 
formed in the 30% strain sample are larger than the 
loose ropes in the 10% sample. This formation of the 
large rope structure is the key to strengthen the 
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nanostructure by improving load transfer between 
nanotubes. More than 30% reduction in width at 
30% stretching strain also reflects the dense packing 
as shown in Figures 8 and 9.  

 

 
Fig. 8. SEM images of MWNT bundles at strains of 
10% (a) and 30% (b). Circles indicate CNT ropes 
that show a different amount of individual nanotubes 
in large bundles for different strains. 

 
Fig. 9. Width reduction of stretched MWCNT 
networks with 0%, 10%, 20% and 30% strains. 
 
The shiny surface morphology seen in Fig. 9 
illustrates a similar optical phenomenon to the 
Raman measurements with increasing reflectivity 
correlated to increasing nanostructure alignment and 
packing.  

4.1.5 Locking points of defects/catalyst 
In the MWCNT sheet materials as received, there 
are significant amounts of defects and residual 
catalyst nanoparticles. This mode of deformation 
accounts for the individual nanotubes and nanotube 
ropes having large deformation due to better load 
transfer coming from mechanical locking effects of 
the imperfections during stretching. As seen in Fig. 
10, the nanotube bundles in (a) locking with residual 
catalysts (b) are pulling and entangling with the 
catalyst nanoparticle. Another important 
phenomenon is the creation of a locking angle 
between CNTs. The locking angle was formed by 
the catalyst intersection points between CNTs when 
the strain was high and the angle needed for the 
nanotubes to be parallel cannot be achieved. The 
dragging tension is also a reason of failure in the 
networks due to possible stress concentration at the 
locking points. 
 
 

10% 20% 0% 3030% 
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Fig.10. SEM images of the MWCNT bundles and 
defects/catalyst at 20% (a) and 30% (b) strain. 
Circles indicate defects and residual catalyst 
nanoparticles.  
 
In order to reveal the effect of alignment on the 
tesile properties of CNT network, a cycle loading 
stretching was carried out. Approximate 20% 
stretching strain was produced for the first cycle, 
which was followed by two more cycles with about 
5% stretching strain.  
 
Fig. 11 shows the stress-strain curves in different 
cycles.. This maximum stress in the prior cycle 
corresponds to the deformation transition from 
elastic to plastic deformation on the next cycle. The 
increase of slope in the elastic portion was caused 
not only by removing network weak interactions and 
load transfer, but also microstructure evolution to 
dense packing and tight bundles along the strain 

direction, changing the nanostructure of the material. 
The tensile strength and modulus increased with the 
loading cycles.  

 
Fig. 11. Stress-strain curves for a cycle loading 
stretching of CNT networks, with a 20% stretching 
strain in the first cycle and 5% stretching strain in 
the sencond and third cycles. 

4.2 Mechanical Behavior of Stretched CNT 
Networks 
To evaluate the characteristics of the elongated 
nanotube networks, the Young’s modulus and  
ultimate tensile strength were measured. Samples 
were cut to ~5mm width with a 20 mm gauge length. 
Tensile test was conducted  on the Shimadzu 
universal tester with a constant crosshead speed of 1 
mm/min at room temperature. Strain was monitored 
with a non-contact DVE-201 video extensometer. 
The thicknesses of the samples were 10-20 µm. Fig. 
12 shows the tensile testing curves in the direction of 
CNT network alignment and Table 1 shows the 
corresponding Young’s modulus and ultimate 
strength. The samples’ pre-test strains were 0%, 
10%, 20% and 30% strains.  
 
Randomly oriented buckypaper showed a Young’s 
modulus of 3.12 GPa and a tensile strength of 85.05 
MPa. The Young’s modulus increased by over 350% 
and ultimate strength increased by over 160% for the 
stretched network with 30% strain. It can be seen 
that the stretch leads to a plastic-elastic transition 
behavior of the samples with an improved load 
transfer capacity among densly packed and aligned 
larger bundles. 
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Fig. 12. Typical stress-strain curves in the aligned 
direction for CNT networks with stretching strains 
of 0%, 10%, 20% and 30%. 

0% 10% 20% 30% 
Young's Modulus 

(Gpa) 3.12 6.47 7.14 10.93 
Ultimate Strength 

(Mpa) 85.05 105.14 125.21 139.92 

Table 1. Young’s modulus and tensile strength 
of the CNT networks with  0%, 10%, 20% and 
30% stretching strains 

5. Process Scaling 
 
A unique feature about the plastic deformation 
procedure is the ability for the process to be scaled 
up. Most reported highly aligned CNT fibers and 
sheets are at the most 20 mm in length which is not a 
good candidate for traditional carbon fiber 
manufacturing layups for structural applications. A 
solution to create large parts of using high aligned 
CNTs is to use a continuous strain-induced 
procedure that can be scaled to the large length of 
CNT networks. Fig. 13 shows the schematic by 
which the strain is continually induced on the 
continuous CNT network. 
 

 
Fig. 13. Quasi-continuous process for stretch 
alignment of long CNT materials. 
 

6. Conclusions  

This research studied the strain-induced deformation 
and alignment of CNT networks with extra-large 
CNT aspect ratios. The results show that the plastic 
deformation is the key to create large deformation 
and high degree of alignment of CNT networks. The 
study discussed several deformation mechanisms of 
CNT networks, compared to polymer brittle-plastic 
deformation behavior. The approach of strain-
induced high degree of alignment of CNT networks 
has the potential to scale-up to continuous process.   
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Abstract 

This paper aims at studying the fatigue damage 

behavior of injection molded 30%wt-short glass 

fiber reinforced polyamide-66 composite 
(PA66/GF30). The dynamic modulus, cyclic creep 

and temperature field evolutions during fatigue 

testing were analyzed. Post-mortem 3D damage 

analysis by X-Ray micro-computed tomography 

(µCT) of PA66/GF30 were performed to further 

understand the damage mechanisms during fatigue 
loading. Results show that the information of 

dynamic modulus, strain and temperature evolution 

are important to evaluate the damage evolution. The 
µCT analysis allows damage mechanisms 

reconstruction. 

1 General Introduction  

The reduction of vehicle mass is a major concern for 

automotive industries to comply with the strict 

pollution regulation, particularly for the CO2 

emission. Fiber reinforced thermoplastic materials 

are good candidates to provide the required 

lightweight properties but their structural durability 

has not yet been fully investigated. In particular 

further study to comprehend the fatigue damage 

behavior of these composites is necessary. 

Various techniques have been used to evaluate the 

damage in short fiber reinforced composites. Early 

works of Horst et. al.  [1, 2]  performed fractography 
analysis onto the fracture surface of fatigued 

specimens by scanning electron microscopy (SEM) 

and they proposed a damage mechanisms scenario 
which consider that the damage is initialized at fiber 

ends due to fiber-matrix debonding. The evolution 

of dynamic modulus, i.e. the slope of stress-strain 

hysteresis curve, has been proposed by several 

authors to evaluate the level of damage of  the 

composites [3–8]. Since the damage process is 

thermally activated, thermography technique by 

using infra-red camera has become an important tool 

for fatigue damage evaluation  in composites [9–14]. 
Due to the 3D distribution of damage in such 

materials, tomography technique has become a 

suitable tool for fatigue damage characterization in 

composites [15–17]. 

During fatigue loading of the composite, some 

physical phenomena can develop concurrently, such 
as the damage, cyclic creep and increase of 

temperature that all can participate to the overall 

fatigue strength of the material [1, 18, 19]. A 
comprehensive study of fatigue damage behavior is 

necessarily being coupled by the analysis of all 

interrelating phenomena during fatigue loading.  

The objective of this work is to characterize the 

fatigue damage mechanisms of PA66/GF30. It is 

proposed to use the analyses of dynamic modulus, 

cyclic creep and temperature field evolutions during 

fatigue testing together with post-mortem 3D 

damage analysis by X-Ray micro-computed 

tomography (µCT) to further understand the damage 

mechanisms during fatigue testing. To evaluate the 

anisotropic property of PA66/GF30 due the skin-
shell-core structure produced by injection molding 

process [20–22], two specimen directions 

longitudinal and transverse to the mold flow 
direction (MFD) are examined. 

2 Experimental Methods 

2.1 Material 

The material studied is an injection molded 30%wt 

of short glass fiber reinforced polyamide-6,6 

composites (PA66/GF30) provided by Solvay 

Engineering Plastics-France. The material is 
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presented in the form of rectangular plate with a 

thickness of 3.2 mm. This material has a specific 
microstructure characterized by a skin-shell-core 

structure, typical of thermoplastic composites 

manufactured by injection molding process [20, 21, 
23]. 

X-ray micro-computed tomography (µCT) technique 

was employed to study the microstructure (fiber 

orientation) of PA66/GF30. The µCT experiment 

was carried out at ID19 beam line of the European 

Synchrotron Radiation Facility (ESRF) Grenoble, 

France [24]. A voxel resolution of 1.4µm was 

achieved by the experimental setup. The µCT 

experiment was performed on the sample with 
dimension of 2 x 2 x 3.2 mm3 that has been extracted 

from the unloaded (virgin) specimen. By the current 

experimental setup, the thickness scanning was 

limited to 2.8 mm so that the final analyzed volume 

was 2 x 2 x 2.8 mm3. 

The microstructure of PA66/GF30 is shown in Fig. 

1. The ImageJ freeware was used to visualize the 
microstructure. As described in Fig. 1, around 90% 

of fibers are located at the shell layer with a global 

fiber orientation longitudinal to the mold flow 
direction (MFD). The core layer represents about 

5% of fiber content with a global fiber orientation 

perpendicular to the MFD. A random skin layer is 
formed at the area in direct contact to the mold 

surface. The thickness of the skin layer represents 

about 5% of fiber content, considering both the 

upper and lower skin layers. Although the random 

skin layer was developed, the fibers in this layer 

seemed to have tendency to orient to the MFD. The 

quantitative analysis of the degree of randomness 

will be addressed in our next work. The formation of 

skin-shell-core layer was only developed through the 
thickness of the material and no microstructure 

heterogeneity was found through the width and 

length of the specimen. 

Mostly, the fibers orient parallel to the shear flow 

direction. The shear flow exists at the zone near to 

the wall due to the friction between the polymer melt 

and mold wall, whereas the shear flow is zero in the 

core zone due to the absence of mold wall friction 

influence. This leads fibers to orient parallel to MFD 

at the shell zone and perpendicular to MFD at the 

core zone. A thin random layers were formed due to 

the polymer melt that is in direct contact with the 

relatively cold temperature of the mold wall and 
hence fibers freeze without any preferential 

orientations [20]. 

The µCT 3D image segmentation of the fiber via 
gray value thresholding was carried out to allow 

calculation of fiber dimensions. Avizo and Visilog 

softwares were used for this purpose. Based on the 

computation result, the fiber average diameter and 

length after the injection molding process were 10 

and 270 µm, respectively. 

Several virgin samples have been observed by µCT 

analysis and it was shown that no visible damage is 

observed inside the sample which confirms that the 
initial damage due to the manufacturing process is 

negligible. 

2.2 Specimens 

Specimens used for mechanical characterizations 

were machined from the rectangular plate produced 

by injection molding process. The specimens were 

machined longitudinally and transversely to the 
MFD, defined hereafter as the longitudinal and 

transverse specimens. The description of 

longitudinal and transverse specimens, as well as its 
main dimensions are illustrated in Fig. 2. 

2.3 Experimental procedures 

Tensile and fatigue tests were performed on dry as 
mold PA66/GF30 (<0.2% water content) at room 

temperature. Tensile tests were performed upon a 

servo-hydraulic machine at a crosshead speed of      

1 mm/min, which corresponds to the strain rate of 

3x10
-4 

s
-1

. Fatigue tests were performed by applying 

sinusoidal wave, load controlled mode at constant 

amplitude. The frequency of 3Hz was chosen in 

order to avoid an excessive heating of the 

composites. Fatigue strength of the material was 
evaluated within the range of 103 to 106 cycles. 

Fatigue tests were stopped if the specimens didn't 

reach final fracture at 5x10
5
 cycles. To prevent 

specimens from buckling, the tests were conducted 

under tension-tension mode, with a stress ratio 

R=0.1. The data of cyclic creep and dynamic 

modulus evolution during fatigue loading were 

extracted from the servo-hydraulic machine 

acquisition software. Continuous temperature 

monitoring of the active zone of the specimen was 
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assured by the CEDIP Jade III MWR infrared 

camera with a spectral range between 3.9 and 
4.5μm. The µCT analyses were performed on the 

samples extracted from the virgin specimen and the 

longitudinal and transverse specimens after being 
subjected into fatigue loading till failure. The sample 

dimension and experimental procedures were similar 

to those for the microstructure analysis. The fatigue 

loaded samples for the µCT analysis were extracted 

far from the fracture surface. By segmentation 

technique with proper selection of threshold value, 

the voids inside the analyzed µCT volume element 

can be isolated, thereby the void properties  such as 

volume, orientation angle and aspect ratio can be 
quantified. The Avizo and Visilog software were 

used for this purpose. In this work,  the void aspect 

ratio and orientation angle in the shell and core 

representative volumes will be presented to confirm 

the damage mechanisms in PA66/GF30.  

3 Results 

3.1 Tensile behavior 

The tensile properties of PA66/GF30 are described 

in Fig. 3. This figure illustrates the strong anisotropy 

effect induced by the injection molding process. The 
Young modulus and ultimate stress of the 

longitudinal specimen are twice than that of the 

transverse specimen. On the other hand, the ductility 
of the longitudinal specimen is half than that of the 

transverse specimen. The fiber orientations through 

the thickness of the specimen were predominantly 

occupied by the shell layer where the fibers are 

longitudinally oriented to the MFD. This yields the 

shell layer to dominantly govern the tensile behavior 

of PA66/GF30. 

3.2 Macroscopic fatigue damage evaluation 

Fig. 4 illustrates the evolution of the monitored 
parameters, i.e. normalized dynamic modulus 

(EN/E0), maximum strain (εmax) and mean 

temperature (Tmean-Troom) for the longitudinal and 
transverse specimens. During cyclic loading, energy 

dissipation can be associated to different phenomena 

such as damage development and intrinsic 

dissipation (viscous behavior). Part of the energy 

dissipation due to the damage development and 

viscous effect of the material is turned into heat so 

that thermal-viscous-damage coupling can occur 

during fatigue loading. 

The loss of dynamic modulus can be used as a 

damage indicator when considering a classical 

damage mechanics framework. For all loading cases 
encountered in this study, the normalized dynamic 

modulus evolution showed a stable value for the first 

10
3
 cycles and then decreased more or less 

depending on the loading level. In all cases, the 

intensity of the normalized dynamic modulus drop 

was directly related to the fatigue life of the 

specimen. 

The evolution of mean temperature exhibited two 

regimes. The first one corresponded to a stable 
normalized modulus, where heat dissipation seemed 

to be mostly related to the intrinsic energy 

dissipation associated to the viscous nature of the 

composite. The second regime was associated to the 

beginning of the normalized dynamic modulus drop 

and corresponded to an inflexion point on the mean 

temperature curve. This regime change can be 
associated to the fact that the energy dissipation was 

not fully dissipated into the heat due to the viscous 

nature of composite but also dissipated into a 
damage development. 

In each cycle of a stress controlled fatigue test, 

stress-strain hysteresis loop is developed due to the 
viscous nature of the material. As the number of 

cycles increases, cyclic creep occurs, concerning to 

the phenomenon where the viscous effect is 

accumulated through the increase of overall material 

strain such as that of maximum or minimum strain. 

As shown in Fig. 4, the maximum strain 

continuously increased during fatigue life which 

demonstrates that cyclic creep occurred during 

fatigue loading. This also demonstrates that the 

fatigue energy was partly dissipated into the form of 
viscous dissipation. While the viscous dissipation 

was observed, no particular regime change was 

detected, except for the highest loading level of the 
transverse specimen (σmax=70%σu). One may 

consider that the fatigue energy dissipated into the 

form of viscous dissipation was weak and thus the 

dynamic modulus loss was more governed by the 

damage development. 

The longitudinal and transverse specimens exhibited 

different behavior considering that the thermal-
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viscous-damage coupling in longitudinal specimens 

was higher than that in transverse specimens. With 
the stress levels significantly lower than those in 

longitudinal specimens, the transverse specimens 

generated higher changes in dynamic modulus, 
strain and temperature. This is due to the fact that in 

transverse specimens, the polyamide matrix play 

more important role than that of fibers during the 

fatigue loading. 

It can be summarized that the information of 

dynamic modulus is important though it becomes 

more difficult to completely comprehend the fatigue 

damage behavior without the information of strain 

and temperature evolution. The evolution of 
dynamic modulus is good as a damage indicator, 

though in high stress level it may overpredict the 

damage evolution due to the high viscous effect 

contribution of the composite, such as the one shown 

in the highest loading level of the transverse 

specimen. In the next subsection, the microscopic 

analysis of damage by µCT method will be 
discussed in order to further comprehend the fatigue 

damage behavior in PA66/GF30. 

3.3 Microscopic fatigue damage analysis 

Based on visual observation of the µCT 3D image, 

dark spots and dark line paths were noticed 

frequently, either situated along or between the 
fibers in the damage zone of the fatigue loaded 

specimens. Some small local changes of grey levels 

in the matrix were also detected, which could be due 

to the intrinsic artifact of µCT image or due to the 

real matrix morphology or damage. By comparison 

to the virgin specimen, the presence of distinctive 

dark spots and dark line paths are believed to be 

associated to fatigue damage. The dark spot could be 

related to the void, whereas dark line path could be 
related to the interfacial debonding or matrix 

cracking. 

Damage mechanisms of the fatigue loaded 
specimens were mainly located along fiber interface 

(Fig. 5b), though it is impossible to say if local 

damage was adhesive or cohesive. Fiber ends were 

found though it didn't necessarily involve in 

interfacial debonding (Fig. 5a). Despite the difficulty 

to present in 2D image, it was shown that initial 

damage appeared in locations where fibers are close 

to each other, especially in the region where fiber 

fraction is locally higher. The damage then 

propagated and coalesced till the final failure. In a 
particular case, matrix transverse cracks can be 

developed, such as the one found in the core layer of 

the transverse specimen (Fig. 6). The relatively thin 
of core layer is believed to bear higher stress level 

due to its longitudinal orientation to the loading 

direction. Transverse cracks were found to develop 

favorably in this region. 

The damage mechanisms were confirmed by 

evaluating the void aspect ratio vs. orientation of the 

µCT volume element. The evaluation was carried 

out in every 50µm through the thickness of the µCT 

image volume, thus it corresponds to the volume of 
50 x 2000 x 2000 µm3 for each analysis. Consistent 

trend on void properties was found for all the 

examined volume of the samples. As shown in Fig. 

7, voids with low aspect ratio were detected in the 

unloaded sample. Mostly the voids had very small 

volume. This trend was consistent for the skin, shell 

and core layers. The voids observed in the unloaded 
sample could be partly due to the real initial damage 

and partly due to the fluctuation of the grey scale. In 

longitudinal specimen, the majority of voids in the 
shell and core layers were oriented at 0o 

(longitudinal to MFD) and 90
o
 (transverse to MFD), 

respectively (Fig. 8). These orientations are the same 

as the fiber orientations in the shell and core layers 
which mean that the voids, notably those with high 

aspect ratio are located along fiber interface in the 

form of interfacial debonding. The trend of the 

volume was the same as that of aspect ratio, which 

demonstrates that the void becomes higher in 

volume and elongates due to the fatigue loading. For 

the transverse specimen, the voids in the shell and 

core layers were both oriented at 90o (transverse to 

MFD),  as shown in Fig. 9, which shows that 
interfacial debondings occurred in the shell layer 

while transverse crackings were found in the core 

layer of the composite. The random skin layer in the 
longitudinal and transverse specimens possessed the 

same behavior as that in shell layer. As discussed in 

the section of 2.1, even though the random skin layer 

was developed, the degree of randomness was not 

high and the fibers in this layer seemed to have 

tendency to orient to MFD, which is the same 

orientation as that in the shell layer. 
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4 Conclusions 

The fatigue and damage behavior of PA66-GF30 
have been studied. The information of dynamic 

modulus, strain and temperature evolution are 

important to evaluate the damage evolution. The 
information of dynamic modulus is important 

though it becomes more difficult to analyze 

unambiguously without the information of strain and 

temperature evolution. The evolution of dynamic 

modulus is good as a damage indicator, though in 

high stress level it may overpredict the damage 

evolution due to the high viscous effect contribution 

of the composite. The µCT analysis allows damage 

mechanisms reconstruction. The initial damage 
appears in locations where fibers are close to each 

other, especially in the region where fiber fraction is 

locally higher. The damage then propagates through 

fiber interface and coalesces each other till the final 

failure. If the local stress distribution is high, the 

damage may propagate in the form of transverse 

cracks, such as the one observed in the core layer of 
the transverse specimen. 
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Fig. 1 Skin-shell-core formation in PA66/GF30 which shows preferential orientation of fibers randomly, longitudinally (L) 

and transversely (T) to the mold flow direction (MFD) for skin, shell and core layers, respectively 
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Fig. 2 The description of longitudinal and transverse 

specimens of PA66/GF30 

 

 

Fig. 3 The tensile properties of longitudinal and 

transverse specimens of PA66/GF30 

 

 

Fig. 4. The evolution of normalized dynamic modulus (EN/E0), maximum strain (εmax) and mean temperature (Tmean-Troom) 

for (a) longitudinal and (b) transverse specimens during fatigue loading. The σu represents the ultimate tensile strength 

value of its respective specimen orientation angles. 
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Fig. 5.  Void at fiber ends (a) and interfacial debonding 

(b) observed in the shell zone of longitudinal specimen 

 

 

 

Fig. 6. Transverse crack observed in the core zone of 

transverse specimen 

 

 

 

Fig. 7. General trend of void aspect ratio vs. theta angle in 

the unloaded specimen 

 

 

 

Fig. 8. General trend of void aspect ratio vs. theta angle in 

the shell and core zones of longitudinal specimen 

 

 

Fig. 9. General trend of void aspect ratio vs. theta angle 

in the shell and core zones of transverse specimen 
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1  Introduction 

Fabrics made from high-performance fibres such as 
Kevlar®  and Dyneema®  possess high flexibility, 

high strength-to-weight ratio, and outstanding 

energy absorption capacity for offering protection 
against ballistic impact. Among the various 

mechanisms influencing the impact resistance of 

textiles, textile architecture has been identified as 

one of the major factors capable of significantly 
influencing the mechanical performance and energy 

absorption of woven fabrics. This study aims at 

investigating the effect of textile architectures 
towards fabric ballistic resistance through 

computational modeling in meso-scale. Material 

models of aramid yarns (Kevlar®  29) were 
constructed using mechanical properties obtained 

through experiments. Fabric models of four different 

woven structures: Plain, Satin, Twill, and Basket 

were then created using LSDYNA package. 
Simulation results focusing on impact energy 

absorption and failure mechanism were then 

analyzed, in order to provide detail comparison in 
impact resistance between the four woven textiles. 
 

2  Background 

2.1 Influence of Textile Architecture  

Experimental studies on fabric with different textile 

architectures have revealed significant variance in 
their mechanical properties, including permeability, 

tension wave speed [1], tensile and tear strength [2-

5],  and impact energy absorption[6]. Identifying the 
influencing factors however was known to be 

difficult due to the complex interaction between 

yarns, in which multiple factors were often studied 

in the coupled manner and cannot be isolated. This 
is particularly true in the case of textile ballistic 

impact, where most structural responses can only be 

measured in post-test stage. While results from 
recent work demonstrated considerable difference in 

reduction of projectile residual speed from different 

woven architectures [6], little work has been 

presented on analyzing the individual causing 
factors and their influencing mechanisms[7].  

   
 

2.2 Meso-scale textile modeling 

Meso-scale textile modeling considers the yarn-level 
millimeter-length scale of the fabric by modeling the 

interlacing of individual yarns [8]. This allows the 

model to capture the detail mechanism in the yarn-
yarn interaction such as contact friction and 

breakage, which enables the model to provide in-

depth simulation in the evolution of fabric damage 

and energy transfer during ballistic impact.  
 

In the ballistic impact case, research efforts in 

modeling woven fabrics have suggested three main 
energy absorbing channels: kinetic energy, strain 

energy and friction energy [7, 9, 10], with the 

friction energy component being more dominant 

during low speed impact. There is however very 
limited research in modeling and analysis of other 

woven fabric types. Comparison between energy 

absorption capacity and mechanical properties of 
different woven fabrics, damage mechanisms, and 

influencing factors remains an area yet to be 

explored. 
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3  Experimental Studies 

Ballistic impact experiments were carried out using 

a Gas-Gun assembly with 0.5 caliber gun barrel 
(Fig. 1). Samples of single layer, 163gsm aerial 

mass, 880 dtex Kevlar®  29 plain woven fabric were 

trimmed to size 250mm by 350mm (Fig. 2a), and 
tightly clamped between two steel frames using 

eight M8 bolts (Fig. 2b). Fully covered 0.33 caliber 

bullets weighted 7.5g were used as projectile for the 

test (Fig. 2c). Custom made sabots were also used to 
support the bullets in the barrel. They were made of 

3D printed ABS plastic and designed to separate 

from the projectile prior to impact.  
 

The pressure in the gas chamber was calibrated 

between 0.17~0.22MPa for the bullet to acquire the 
impact speed ranging between 83~105 m/s. 

Projectile initial velocity was recorded using a laser 

guided gate positioned immediately after the gun 

barrel, the residual velocity was captured by 
analyzing the bullet image captured using the high 

speed camera as shown in Fig. 1. Both the laser 

channel and the camera were initiated using a trigger 
switch connected to the oscilloscope.  

 

 
 

Fig. 1. Gas-Gun assembly: a) schematic diagram b) 

actual test setup  

 

 
 

Fig. 2. a,b) Photo of fixture plate and dimensions, c) 

bullet sabot and dimensions, d) Kevlar®  29 plain 

weave sample. 

 
All four plain woven fabric samples were penetrated 

by the projectile at the center, with failure patterns 

showing agreement with the literature studies [3].  

Test results listed in Table 1 reveals the captured 
initial and residual velocity related in close 

correlation. Relative difference between 12~20% 

was also observed when comparing ∆V with the 
velocity difference, which also increases with the 

initial velocity.  The results suggested an increase in 

fabric energy absorption capacity with greater bullet 

impact speed.  

Table 1. Kevlar®  29 ballistic test results 

 

Kevlar®  

29 

V_initial 

(m/s) 

V_residual 

(m/s) 

∆V 

(m/s) 
R_diff 

Test_1 83.5 73.2 10.3 12.3% 

Test_2 90.0 80.5 9.5 10.6% 

Test_3 99.2 81.3 17.9 18.0% 

Test_4 105.3 84.8 20.5 19.5% 

 

4  Numerical Modeling of Fabrics 

4.1 Meso-Scale Model 

A meso-scale fabric model comprises of warp and 
weft yarns were modeled using the geometry 

obtained from micro-scan. A transversely isotropic 

elastic section was applied to the associate block 
elements. As tensile tests of both Kevlar®  yarns and 

fibres suggested non-strain rate sensitive, and strong 

linearity for its modulus, an elastic orthotropic 
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material model MAT221 in LSDYNA was hence 

applied using the test data obtained.  

 

4.2 Modeling Individual Yarn  

Geometry and mechanical properties of Kevlar®  29 

yarns obtained from physical tests has suggested an 
elliptical cross section having a width of 1.095mm, 

thickness of 0.13mm, and spacing of 0.219mm in 

between yarns. These properties were applied along 

with density of 1230 kg/m
3 

and a failure strain of 
3.5%. Referencing the model by Rao et al [11] in 

simulating yarns as bundles of individual fibres, 

poisson’s ratios were set to zero, while transverse 
and shear moduli was approximated by assigning the 

longitudinal tensile moduli 𝐸11(79.8Gpa) to two and 

three orders smaller respectively.    
 

Validation of individual yarn model was carried out 

using the approach suggest by Duan et al. [12], 
where the velocity of two mechanical wave 

generated during impact of yarns: longitudinal, and 

transverse, can be obtained analytically and 
compared with numerical and experimental results. 

The longitudinal wave speed c is given by:   
 

                                                                 (1) 

 

 

The tensile strain ɛ travels behind the longitudinal 

wave front can be obtained by using Eq (2), which is 

determined by the yarn tensile modulus E, density ρ, 

and impact velocity v. 
 

 

                                      (2) 

 
By computing the tensile strain using an iterative 

solver, the transverse wave speed u can eventually 

be obtained using Eq (3). 
 

 

                                                               (3) 

 

 

Attempts in determining the c of Kevlar®  29 yarns 

was carried out using a Dynamic Modulus Tester by 
CSIRO material and science division. The obtained 

data can also be used to calculate the associate u 

using Eq (3). Validation of LSDYNA model using c 

and u from experiment and analytical method was 

then performed as shown in Table 2.   
 

Table 2. Wave speed verification (m/s) 

Kevlar®  29 

Yarn   
Analytical Test LSDYNA 

Longitudinal (c) 8054 8179 8778 

Transverse (u) 1013 1029 1457 
 

 

The simulated result of c was over-predicted by 

approximately 7%, which has shown agreement with 
both analytical and tests data. The data thus provided 

a reasonably good prediction in the propagation of 

mechanical waves and tensile strain from the 

constructed meso-scale model.     
 

4.3 Modeling Woven Fabric  
The model of a plain woven fabric was then been 

built as shown in Fig. 3. The single layer fabric 

model is 0.3 mm in thickness, 120mm by 120mm in 
size with 100 yarns in both warp and weft directions, 

and fixed at all four boundary edges in all DOF. The 

projectile model with dimension identical to the 

bullet used in experiments was positioned in the 
centre of the fabric, with the frontal surface 3mm 

apart from of the closest yarn. An initial velocity of 

90m/s was assigned for the bullet to travel towards 
the fabric in normal direction. Friction coefficient of 

0.23 and 0.19 were assigned for static and dynamic 

contacts between the yarns, while a coefficient of 
0.18 was assigned for bullet-yarn contact as 

suggested in the literature [11]. 

 

 

Fig. 3. Plain woven fabric a) full impact model, b) top, 

c) isometric, d) projectile, e) side view  
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In order to simulate the breakage of yarns, element 

erosion criteria of 3.5% in maximum strain was 

applied in the orientation of the yarn principle axis. 
Amount of total absorbed energy can thus be 

obtained by deducting the residual velocity of the 

penetrated projectile with its initial velocity.  

 

To study the influence of woven structure and 

variance in their associate energy absorption 

mechanism, three additional models with different 
woven architecture but similar areal volume: twill, 

2-by-2 basket, and 3-harness satin was also 

constructed using identical yarn geometry, material 
properties, contact settings and boundary conditions 

as shown in Fig. 4. 

 

 
 

Fig. 4. Geometry of four different weaves. plain(a), 

basket(b), satin(c), twill(d).  

 

5 Results and Discussion 

5.1 Model Validation 

Model validation of was first carried out for the 

plain woven fabric model. Evolution history of 

projectile velocity shown in Fig. 5 indicated a 
simulated residual velocity of 85.1 m/s. By 

comparing with Test_2 data listed in Table 1, a 

relative difference of less than 5.6% in residual 
velocity was observed. The simulated result has thus 

shown good agreement with the experimental 

outcome. The model also presented similarities in 

the shape of yarn fractures and damage patterns. As 
shown in Fig. 6a and 6b, the model has successfully 

simulated the “diamond shape” deformation in the 

out-of-plane direction of the fabrics, which appears 

immediately before the penetration of the projectile. 
Fracture damage of yarns at the location of impact 

also shown similar failure pattern in yarn 

deformation and location of breakage, as shown in 
Fig. 6c and 6d.  

 

 
   Fig. 5. Evolution history of projectile velocity 

 

 
 

Fig. 6. Comparison in fabric damage progression 

(a,b), failure modes (c,d) 
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5.2 Energy Absorption of Plain Woven Fabric  

Evolution history of the plain weave model in Fig. 7 

shows a steep raise in energy absorption from the 
moment of impact at 0.010s, this was caused by the 

initial movement and elongation of the fabric yarns. 

As the bullet begins to puncture through due to the 
fracture of yarns at 0.015s, energy absorption rate 

was immediately eased.  The gradient of the curve 

was then gradually relieved as the bullet passes 

through the fractured hole, and eventually left the 
fabric at 0.280s.      

 

Fig. 7 also revealed three main contributing channels 
of fabric energy absorption from the impacting 

projectile: 1) yarn kinetic energy KE, 2) yarn 

internal energy IE, and 3) friction energy FE. Impact 
energy transfers through KE leads to the acceleration 

and movement of fabric yarns, while energy absorbs 

through IE results in the deformation and elongation 

of yarns. FE on the other hand absorbs the impact 
energy through friction contact between yarn-yarn 

and yarn-projectile during impact. The sum of these 

three channels contributes to the majority of energy 
loss of the penetrating projectile, while other minor 

mechanisms such as yarn fracture energy and 

vibration counts for the remaining amount.    

 

 
 
Fig. 7. The simulated evolution of total energy 

absorption and contributed channels during 

fabric ballistic impact.  

The evolution history of fabric energy absorption 

also suggested the dominance of KE and IE during 

the early stage of impact. Evolution of von-mises 
strain and stress shown in Fig. 8 and Fig. 9 presents 

strain and stress concentration area exists around the 

impact location during the initial impact stage, 
where both large deformation and acceleration were 

experienced by the yarns. As the concentrated strain 

pattern continues to propagate outwards, this high-

strain region begins to expand, and eventually break 
up upon bullet penetration at 0.095s, which 

transformed into four wave-fronts travelling towards 

the four corners of the fabric. The reduction of strain 
distribution from a large concentrated pattern to four 

relatively smaller wave fronts causes the IE to drop 

with a considerable amount. KE also cease to 
increase immediately after bullet penetration, the 

movement of the yarns however remains due to the 

velocity caused by the impact. Separation of IE and 

KE can thus be seen at the location indicated by the 
red arrow in Fig. 7.    
 

 
 

Fig. 8. Simulated evolution of fabric Von-Mises 

strain during ballistic impact 
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Fig. 9. Simulated evolution of fabric Von-Mises stress 

during ballistic impact 

 
A significant increase in FE was also observed 

immediately after penetration began at 0.015s. As 

the textile architecture was damaged, the sudden 
increase in relative movement between the yarns 

caused large amount of frictional contacts in the 

textile architecture, FE then increases gradually and 

surpasses IE at 0.15s, and KE at 0.20s, until the 
complete penetration of the bullet. FE was thus the 

dominating mechanism in the later stage of the 

impact. Overall, the plain woven fabric has 
suggested the three energy absorption channel IE, 

KE and FE each accommodates approximately 27%, 

27% and 38% of the total energy absorption 
respectively.            

 

5.3 Comparison of Various Woven Structures 

The four curves presented in Fig. 10 showing 
projectile velocity evolution of different woven 

structures suggested similar impact progressions and 

characteristics for all models. The velocity of the 
projectile in all fabric models experienced a steep 

decline upon impacting the fabrics. Plain woven 

structure enabled the yarns to dislocate and formed 

around the projectile until penetration begins at 
0.115s, as oppose to around 0.100s for the remaining 

three woven structures. Residual velocity of 

projectiles in the plain weave model was thus 
stabilized at a lower velocity 85 m/s, while the other 

three models possess the residual velocity in the 

range of 86.3~86.0m/s.       

 
 

Fig. 10. Simulated velocity evolution of different 

weaves. 

 
Energy progression of all four woven structures 

presented in Fig. 11 also indicated similar 

behaviours over the three man energy absorbing 

mechanisms among the four models considered. A 
simple comparison of the four results presented in       

Fig. 11 reveals that: 

 
(a) Plain weave structure absorbs 20%, 19.5%, and 

16.5% more energy when comparing to satin, 

twill and basket weave.  

(b) The evolution of KE and IE appears similar in 
all four models, where the two absorbing 

mechanisms initially increased and later 

separated after penetration of projectiles as 
observed in the plain weave model. KE-IE 

dominance at the early stages was thus true for 

all woven structures considered.   
(c) The absorption mechanism of FE has shown 

greater contribution comparing to KE and IE in 

the case of plain and twill weave, while the 

three mechanisms appear equivalent in the satin 
and basket weave cases.    
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      Fig. 11. Energy absorption channels of fabrics 

 

 
 Fig. 12a. Evolution of fabric kinetic energy 

 

 
 Fig. 12b. Evolution of fabric internal energy 

 

 
 Fig. 12c. Evolution of fabric friction energy 
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As shown in Fig. 12, greater energy absorption 

capacity from the plain weave structure can be 

observed in all KE, IE and FE mechanisms when 
comparing between the four different woven 

structures. Greater energy absorption capacity of the 

plain woven fabric is thus promoted by the 
superiority in all its major energy absorption 

mechanisms. Evolution of both KE and IE has 

shown little difference in magnitude and trend 

between the case of twill, satin, and basket weave. In 
the case of FE, superiority in energy absorption 

shown by the plain weave case also demonstrated a 

slight delay in the time of projectile penetration, 
follow by twill, basket, and satin weave case.        
 

6  Concluding Remarks 

Based on the discussed experiment results and the 

validated models, several conclusions and summary 

remarks can be drawn as listed below: 
 

1. A meso-scale modeling approach has been 

utilized to construct a series of FE models 

simulating the ballistic impact of woven fabrics 
with various structures.  

2. Ballistic experiments of plain woven Kevlar®  

29 fabrics have been conducted to verify the 
simulation results from the constructed model.  

3. The verified meso-scale model has provided 

important information in the evolution and 
significance of internal energy, kinetic energy, 

and friction energy on the total energy 

absorption mechanism of woven fabrics.  

4. By obtaining the modeling results of four 
different woven textile architectures, detail 

comparison between the progression of KE, IE, 

and FE has been studied for gaining a better 
understanding of their energy absorption 

mechanisms.   
    

Meso-scale modeling of textile structure remains at 
the pre-mature stage where several areas are yet to 

be explored. This preliminary investigation provided 

an encouraging insight into the variance of textile 

performance with different woven structures, which 
may aid further studies in identifying the influencing 

parameters for the enhancement and optimization of 

fabric ballistic protection performance.     
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Abstract 

Closed form algebraic expressions for stress 

intensity factors, energy release rate, and mode-

mixity phase angle of debonded sandwich specimens 

have been applied to a recently developed test 

method called DCB-UBM. In this method a 

sandwich specimen with a face/core interface crack 

is subjected to edgewise moments until the crack 

propagates. A special test fixture has been developed 

which allows fracture testing over a full range of 

positive and negative mode-mixity phase angles. 

The mode-mixity phase angle for sandwich 

specimens with a soft and rigid core is calculated as 

a function of the ratio between the edge moments 

applied to the DCB-UBM specimen. 

 

1 Introduction  

One failure mode which is of particular concern in 

sandwich panels is that of face/core debonding. 

Typical sandwich panels consist of a polymer or 

metal foam core sandwiched between stiff 

composite or metal face sheets. The bond between 

such highly dissimilar materials is often a weak link, 

and in several occasions, face/core debonding have 

been the reason for structural collapse. The debonds 

may be caused by poor manufacturing procedures 

resulting in a poor face/core interface, or out-of-

plane loads such as hard object impact loads, 

slamming events, bird strikes etc.. As a consequence, 

extensive research has been dedicated measuring 

debonding under peel (“mode I”) and shear (“mode 

II”) conditions. It should be pointed out that the 

issue of mode I and mode II is not as clear for a 

face/core interface crack as for a crack in a 

homogenous material, because the strong mismatch 

of material properties across the interface corrupts 

the traditional physical understanding of the mode I 

and II mechanisms, see the review by Hutchinson 

and Suo [1].  

Mixed mode testing of sandwich specimens has been 

approached using the mixed mode bending (MMB) 

sandwich specimen [2] and a double cantilever beam 

(DCB) test, where unequal moment couples are 

applied to the arms of the debonded region of the 

specimen [3,4]. This method is called DCB-UBM, 

where UBM abbreviates “uneven bending moments”. 

The MMB specimen is loaded by transverse forces 

at the center and at the ends of the debonded end 

regions. Although this specimen has been 

tremendously successful, especially for monolithic 

composites, it suffers from two major disadvantages 

when applied to sandwich specimens; i) the 

specimen is essentially limited to negative mode-

mixity phase angles, and ii) the transverse shear 

forces will cause crack tip rotation strongly 

influenced by the material combination and test 

configuration. This factor has been examined for 

layered isotropic materials by Li et al. [5]. 

For the DCB-UBM specimen, however, only pure 

end moment couples are applied making analysis of 

the specimen much more straight-forward. This was 

the subject of a recent paper by the current authors 

[6]. In this analysis closed-form expressions for the 

energy release rate and mode-mixity phase angle 

were derived for a debonded sandwich beam. This 

analysis extends the formulas in the literature for a 

delamination in a homogeneous composite [7] and 

an interface crack in a bi-material [8].  

In this study, we will examine the range of mode 

mixities possible with the DCB-UBM test method. 
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This will be accomplished applying the previously 

mentioned analysis of a debonded sandwich 

specimen loaded by end moments only. The results 

from the analytic model and its relevance for DCB-

UBM testing will be demonstrated for sandwich 

specimens with aluminum face sheets and two types 

of foam core materials. 

 

2 Analysis 

The most general case of an “asymmetric” sandwich 

is considered, i.e. the bottom face sheet not 

necessarily of the same material or thickness as the 

top face sheet. The energy release rate is obtained by 

use of the J-integral and the expression is derived in 

terms of the forces and moments at the debond 

section. Figure 1a shows an element of the sandwich 

beam containing a debond crack at the face/core 

interface. The debonded face sheet layer behind the 

crack tip carries a compressive axial force Pd and 

bending moment Md. The lower sections containing 

the core and lower face is subjected to a compressive 

force, Ps, and moment Ms. The forces and moments 

are assumed to act at the neutral axes (NA) of the 

top layer and lower sections (debonded part and 

substrate), see Fig. 1. On the right cross section 

ahead of the crack (base) a compressive force, Pb, 

and a moment, Mb, are acting, again at the neutral 

axis of the intact part of the sandwich beam section. 

The forces and moments are per unit width (b) of the 

beam. 

In our previous study [6] we extended the approach 

by Suo and Hutchinson [7], who analyzed a 

bimaterial structure, to a “trimaterial problem”, i.e. a 

sandwich structure with a face/core interface crack. 

Closed form expressions of the energy release rate 

and mode-mixity phase angle were derived.  

With reference to the DCB-UBM specimen [3,4] we 

intend to apply the closed form expressions to our 

experimental work. The basic principle of this test 

method is shown in Fig. 2. A flexible wire, anchored 

at a point, is drawn around a pulley mechanism as 

shown in Fig. 2. By applying force, F, to the other 

end of the wire, moments M1 and M2 are introduced 

through the two arms, adhesively bonded to the 

cracked end of the DCB specimen, 

 

1 1

2 2

(1 )

(1 )

M Fl a

M Fl b





 

where, the lengths l1 and l2, and the signs of the 

moments are defined in Fig. 2. It is possible to 

rearrange the wires to change the direction of the 

applied moments, and their magnitude may be 

changed by changing the lengths, l1 and l2. Hence, 

this test principle produces pure moment loading on 

the delaminated end of the sandwich beam. With 

reference to the general loading shown in Fig. 1, we 

obstain, 
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Hence, the loading configuration is reduced to the 

one shown in Fig. 3. The energy release rate for 

plane strain (εz=0) is given by 
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where, C2 and C3 and H1, H2 and H3 are provided in 

Appendix. hc and hf1 are the core and upper face 

thicknesses. f1 in Eq. (3) is Poisson’s ratio of the 

upper face. Ef1 is the upper face modulus, and (EA)s 

is axial stiffness of the lower cracked region in Fig. 

1 given by,  

 

  2 2 (5)c c f fs
EA E h E h   

 

where Ec and Ef2 are the moduli of the core and 

lower face, and hf2 is the thickness of the lower face.  
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Dd is the flexural stiffness of the upper face (per unit 

width), 

 
3

1

1 (6)
12

f

d f

h
D E  

 

Ds is the flexural stiffness of the cracked region 

below the debond plane (per unit width), 
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where distance es (Fig. 1) is given by 
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The complex stress intensity factor K1 and K2 are 

defined by [8,9], 

 

1 2 (9)K K iK   

 

where i= 1 . 

In our previous publication [6], the stress intensity 

factors were derived based on the relation between 

the energy release rate and the square of the 

magnitude of K 
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This led to the following expression, 
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(both for plane strain) 
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Gf1 and Gc are the shear moduli of the upper face and 

core. The parameter ω in Eq. (11) acts similar to a 

phase angle and depends only on the combination of 

materials and the thickness of the face sheets and 

core, but not on the loading. Based on expression 

(11) it is possible to define the mode-mixity phase 

angle,  , following Hutchinson et al. [8] and Rice 

[9], see also Fig. 4, 
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Notice here that the oscillation is suppressed, 

because, 

 

1 (14)i i

fKh K e   

 

Mode-mixity analysis of the DCB-UBM specimen 

The DCB-UBM specimen shown in Fig. 2 with 

specific face and core material properties and 

dimensions is analyzed here. The objective of the 

analysis is to examine two typical symmetric 

sandwich specimen with 2 mm thick aluminum face 

sheets (hf1=hf2=hf=2 mm and Ef1=Ef2=Ef=70 GPa) 

and a 20 mm thick core (hc=20 mm). “Stiff” (Ec=7 
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GPa) and “soft” (Ec=130 MPa) core materials were 

considered. The two core materials produced 

respectively “moderate” mismatch (Ef /Ec=10) and 

“large” mismatch (Ef /Ec=538) between face and 

core stiffnesses. 

These sandwich specimens were analyzed using 2D 

plane strain finite element analysis in Ref. [6]. This 

analysis verified the invariance of the parameter ω 

with loading, and provided the results listed in Table 

I. Based on the values of ω listed in Table I it is 

possible to analyze the mode-mixity for sandwich 

specimens with the face and core combinations and 

thicknesses specified above for a large range of 

DCB-UBM loadings. 

The DCB-UBM specimen is loaded by two end 

moments as illustrated in Figs. 2 and 3. A range of 

mixed mode loadings may be achieved by testing 

specimens with various moments Ms and Md. Hence, 

a single parameter expressing the loading is the 

moment ratio; Md /Ms.  

Fig. 5 shows the results for the two types of 

sandwich DCB-UBM specimens obtained from this 

analysis. When the moments act in opposite 

directions, Md /Ms < 0, the crack will open. For the 

sandwich specimen with soft core (H100), the phase 

angle is close to zero at a moment ratio of -1, which 

would correspond to mode I dominated loading. 

When the moment ratio increases towards zero, the 

phase angle increases and approaches 90°, which 

corresponds to positive mode II dominated loading. 

When the moment ratio changes sign, the mode-

mixity angle transits from values close to 90° to 

values close to -90°, i.e. negative mode II 

dominated loading. For this case, however, crack 

face contact may occur which would invalidate the 

quantitative results. For larger values of the moment 

ratio, the phase angle increases and approaches 

values close to -30°. It is noted that mode-mixity 

angles between about -30° and 0° are not 

achievable for this test specimen. We will examine if 

asymmetric sandwich beams would cover this range 

of mode-mixities in a future publication. For the 

sandwich specimen with a stiff core and a moment 

ratio of -1, the phase angle is about -30°. If the ratio 

is increased towards 0, the phase angle remains 

nearly constant, but increases rapidly towards 90°, 

when Md /Ms approaches zero from the negative side. 

The phase angle transitions to values close to -90° at 

very small positive moment ratios and then increases 

rapidly with Md /Ms to reach an angle of about -30° 

asymptotically. Thus, for the case of a stiff core, the 

DCB-UBM test produces the full range of mode-

mixities, although issues such as crack face contact 

must be examined more closely. Furthermore, the 

phase angle is highly sensitive to small changes of 

the moment ratio. 

 

Concluding Remarks 

The mode-mixity of debonded sandwich DCB-UBM 

specimens has been examined using a closed-form 

analysis. This analysis provides the energy release 

rate and the stress intensity factors in terms of a 

single scalar quantity, ω, which is independent of the 

loading of the specimen. Thus, ω can be extracted 

for specific sandwich beam configurations using 

finite element analysis of just one loading 

configuration. Analysis of debonded sandwich 

specimens with “soft” and “stiff” foam cores 

revealed that crack tip loading can be achieved using 

the DCB-UBM specimen over a large range of 

mode-mixity phase angles, although a range (“gap”) 

in mode-mixities was found for the specimen with a 

soft core. Methods to remedy the situation will be 

examined, such as using asymmetric sandwich 

specimens. 
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Parameters for fracture analysis of debonded 
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Tables and Figures 

 

Table 1. Parameter ω for sandwich specimens with 

“soft” and “stiff” cores [6]. Ef=70 GPa, vf=0.32, 

vc=0.32. 

Ec , MPa ω , deg. 

7 57.2±2.4 

130 73.7±0.4 

 

                        

 
 

Figure 1. Forces and moments acting on an element 

of a sandwich beam containing a debond crack at the 

face/core interface. 

 

 

 

 
 

Figure 2. Basic principle of the DCB-UBM test 

method. 

 

 
Figure 3. Moments acting on an element of a DCB-

UBM sandwich specimen containing a debond crack 

at the face/core interface. 

 

 
 

Figure 4. Definition of the mode-mixity phase angle, 

 , following Hutchinson et al. [8] and Rice [9]. 

 
 

Figure 5. Results for the two types of sandwich 

DCB-UBM specimens with “soft” (H100) and 

“stiff” (Alum Foam) cores obtained from analysis. 

hf=2 mm, hc=20 mm. 
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The last two decades have witnessed intensive 

studies on the ferromagnetic microwires worldwide. 

Recent attention has turned to the development of 

innovative materials and composites derived from 

these microwires, such as microwire polymer 

composites. Through incorporating even extremely 

low concentration of microwires (~10
-2

 vol.%), the 

resultant composite exhibits a multitude of 

functionalities which are desirable for a range of 

technological applications. This talk samples several 

case studies of the ongoing research on microwire 

composites from synthesis to structural and property 

evaluation with a focus on the multi-functionalities 

presented in these microwire-composites. Starting 

with an introduction of multifunctional composites 

and the theories pertinent to the multiple 

functionalities of microwire composites, a detailed 

description of fabrication methods of microwire 

composites is given with a comparison of different 

processing techniques. Two fundamental effects, 

namely, giant magnetoimpedance (GMI) and stress-

impedance(GSI) effects of microwire composites are 

discussed in relative to the monolithic microwires. 

Microwave tunable properties and associated 

peculiarities of electromagnetic spectra are analysed 

in the presence of low ( of 30Oe) and high magnetic 

field (up to 1kOe) and stress field. The 

ferromagnetic wire composites have also been 

shown to possess metamaterial characteristics and 

microwave absorption capability. With a discussion 

on the underlying physics of the influence of 

composite architecture such as material parameters 

of microwires and microwire periodicity on the 

performance of resultant composites, useful insights 

are provided for an effective design of smart 

composites for specific engineering applications 

such as structural health monitoring, stress sensing, 

invisible cloaking, microwave absorption 

applications. 
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1 Introduction  
The transport sector in its current status is one of the 
largest sources for greenhouse gas emissions. The 
European Commission has proposed to set a CO2 
emission limit on vehicle manufacturers for new 
automobiles registered in the European Union in 
order to reduce the CO2 emissions from running 
automobiles. If this is exceeded, the concerned 
manufacturer will be liable for financial penalties. 
The research on different materials indicate that the 
potential of automotive body light-weighting can 
reach 7 % after structure optimization, high strength 
steel use can allow further weight reduction, full 
aluminum body can lead to 30-50 % weight 
reduction and using continuous fiber reinforced 
composites further weight reduction can be 
achieved [1, 2]. The continuous fiber reinforced 
composites can be manufactured by either injection 
process in which the textile reinforcement is 
impregnated by using suitable resin during 
component manufacturing or by prepreg process in 
which the reinforcements are pre-impregnated prior 
to component manufacturing. The resin transfer 
molding process (RTM), one of the injection 
processes, has been considered and evaluated for 
manufacturing structural automotive components 
based on continuous fiber reinforced composites [3]. 
However the RTM process in its current status is 
still limited to low-volume manufacturing capacity  
and number of parts per year < 25000 per production 
setup is generally achieved in the RTM process [11]. 
In classical RTM process the dry three-dimensional 
preform is placed into the mold cavity and resin-
hardener mixture is injected at low pressure of 1 to 
20 bar into the closed mold [4]. The low flow rate of 

resin and low injection pressure in the classical 
RTM process results in longer resin injection time. 
This limits the use of fast cure resins in the RTM 
process. In order to adapt the RTM process for high 
volume manufacturing, it is essential to develop new 
process strategies that allow reduction of the process 
cycle time. Newly developed state of the art 
high-pressure RTM equipment technology allow 
injection of resin under high flow rate in the mold 
cavity. The combination of high-pressure pumps for 
dosing resin and hardener, and self-cleaning mixing 
head of such equipment guarantees precise resin and 
hardener mixing along with materials injection into 
the mold at constant defined flow rate (20-200 g/s) 
though high flow resistance is created in the mold 
cavity [5, 6]. Using HP-RTM process equipment two 
different variants, namely high-pressure injection 
RTM (HP-IRTM) and high-pressure compression 
RTM (HP-CRTM), can be implemented for the 
manufacturing of continuous-fiber reinforced 
composites which are discussed in detail below. 
 
HP-IRTM process 
The HP-IRTM process differs from the classical 
RTM process only in terms of the processing 
equipment for the resin system. The resin injection 
sequence in HP-IRTM process is shown in figure 1. 
In the classical RTM process, low pressure mixing 
and dosing equipment is used for processing resins, 
whereas in the HP-IRTM process resin mixing and 
dosing is carried out using high-pressure RTM 
equipment. Similar to the classical RTM process, in 
the HP-IRTM process the preform is placed into the 
mold cavity and then the mold is completely closed 
to compact the preform to final part thickness. Once 
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the mold is closed, the resin and hardener mixture is 
injected into the cavity under high injection speed. 
The high throughput rate allows the cavity to fill 
quickly, significantly reducing the resin injection 
time. As the resin can be injected into the cavity in a 
shorter time, this process variant allows the use of 
resins with relatively high reactivity. After the resin 
curing reaction is completed the part can be 
demolded [5, 6, 9]. 

 

Step 1: Dry 3D fiber 
preform in completely 

closed mold

Step 2: Resin injection, preform
impregnation and 

Step 3: curing of the part

Step 4: Demolding of 
the cured RTM part  

Fig. 1. Resin injection sequence in the HP-IRTM process 
 

HP-CRTM process 
 

Resin Hardener

Step 1: Dry 3D fiber 
preform in partially closed 

mold

Step 2: Resin injection and 
partial preform impregnation

Step 3: Apply pressure, complete preform
impregnation and 

Step 4: curing of the part

Step 5: Demolding of 
the cured RTM part

 
Fig. 2. Resin injection sequence in the HP-CRTM process 

 
As can be seen in figure 2 the HP-CRTM process is 
a combination of resin transfer molding (RTM) and 
compression molding in which, similar to the 
HP-IRTM process, high-pressure RTM equipment is 
used for processing of resins. If conducted without 
the use of high pressure RTM equipment, the 
process is referred to in the literature as the 
Compression RTM (CRTM) process. In this process, 
the preform is placed into the mold cavity and then 
the mold is closed partially, leaving a small gap 
between the upper mold surface and the fiber 
preform. The resin is introduced into the gap, flows 
easily over the preform and may partially 
impregnate it. Once the required amount of resin has 
been injected into the gap and the injection point is 
closed, the mold closes further and applies high 
compression pressure to squeeze the resin into the 
preform, especially in the z-direction. In this step, 
the preform is compacted to achieve the desired part 
thickness and fiber volume fraction. The part can be 
demolded after the resin has cured. The quick resin 
injection and fast impregnation by applying 
compression force allows HP-CRTM process to be 
used for highly reactive resins thereby allowing 
faster manufacturing of the high-performance 
composites [7-9].  
In the current paper both the HP-RTM process 
variants were characterized for manufacturing 
carbon fiber reinforced composites. The resin 
injection speed was varied for both the process 
variants to evaluate the high-volume manufacturing 
aspect of the HP-RTM process technology. 
Additionally, the effect of vacuum application on the 
mechanical properties of the manufactured laminates 
was investigated.  
 

2 Materials 

For the current HP-RTM process studies, an epoxy 
resin system from Dow Automotive Systems was 
used. A carbon-fiber-based biaxial non-crimp fabric, 
commercially available as Panex 35, based on 50K 
roving from Zoltek was used as a reinforcement 
material for studying the HP-RTM process variants. 
The used non-crimp fabric had a surface area weight 
of 300 g/m². 

 

3 Process equipment 

A plate mold specially designed and constructed for 
studying HP-RTM process variants was used to 
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compare the HP-IRTM process with HP-CRTM 
process.  
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Fig. 3. HP-RTM mold concept 

Figure 3 shows the conceptual sketch of this metallic 
plate mold. The cavity of this mold measured 
910 mm x 560 mm and the cavity height varied 
between 1.55 mm to 1.75 mm near and away from 
the injection point respectively if the mold was 
completely closed. The injection gate of film 
geometry was designed in the middle of the lower 
mold half. This mold facilitated vacuum application 
through vacuum ports which were located on either 
side of the upper mold half. Four pressure sensors 
were situated in the lower mold half at different 
positions. Sensors S1 and S2 were located 
symmetrically to each other at a distance of 180 mm 
from the injection point (hereafter referred as 
sensors near injection point) and sensors S3 and S4 
were located symmetrically to each other at a 
distance of 410 mm from the injection point 
(hereafter referred as sensors away from the 
injection point). 

A hydraulic compression press from the company 
Dieffenbacher GmbH (press type - DYL630/500) 
was used to mount the RTM mold as well as to 
precisely apply defined compression force and to 

control the mold gap and gap closure speed during 
the HP-CRTM process study. The maximum force 
capacity of such a press is 5000 kN with active 
parallel control during mold closure. For the mixing 
of the chosen epoxy resin and curing agent, and for 
injecting the reactive resin into the mold cavity, HP 
RTM equipment from the company KraussMaffei 
Technologies GmbH was used. 

 

4 Process parameter matrix  

Table 1 summarizes the process parameters used for 
studying the HP-RTM process variants. A laminate 
layup based on 5 layers of selected carbon fabric 
[0/90#+45/-45#0/90#-45/+45#90/0] was used for 
manufacturing the laminates using chosen process 
parameters. For manufacturing laminates, 650 g of 
resin was injected into the cavity for all the selected 
experimental series. This resin amount is slightly 
higher than the theoretically calculated resin amount 
required for impregnating laminates of size 910 x 
560 x 1.9 mm size. The thickness of 1.9 mm was 
considered with a goal to achieve approximately 
48-50% fiber volume content in the laminates. The 
epoxy resin was preheated to 80°C and amine 
hardener was processed at room temperature in the 
high-pressure RTM equipment. A mixing head 
pressure of approximately 120 bar was set for resin 
and hardener to guarantee homogeneous materials 
mixing.  

Experimental 
series Process

Resin injection 
rate 
[g/s]

Resin injection 
time 
[s]

Mold gap
[mm]

Gap closure 
speed

[mm/s]

1 HP-IRTM 40 16.3 - -

2 HP-IRTM 60 10.8 - -

3 HP-IRTM 80 8.1 - -

4 HP-CRTM 40 16.3 0.3 0.2

5 HP-CRTM 60 10.8 0.3 0.2

6 HP-CRTM 80 8.1 0.3 0.2  
Tab. 1. Process parameters used for studying HP-RTM 
process variants 

For investigating both the HP-RTM process variants 
the resin injection rate was varied in steps from 
40 - 60 - 80 g/s which resulted in different resin 
injection time accordingly. In both the process 
variants a press force of 3100 kN was applied on the 
mold which is equivalent to 60 bar cavity pressure 
for the laminate size of 910 x 560 mm. As per the 
process characteristic, during the HP-IRTM 
processing of the laminates no mold gap was used 
and resin was injected into the completely closed 
mold at a press force 3100 kN. In case of HP-CRTM 
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process the mold was closed to 0.3 mm mold gap 
(press force 0 kN) and at this mold gap the resin was 
injected into the mold cavity. After the resin 
injection was completed, the mold was closed and 
3100 kN press force was applied. For each 
experimental series, 3 laminates were manufactured 
with and without use of vacuum to confirm the 
process reproducibility. Also, for all the 
experimental series laminates were cured for 300 s 
in the mold. 

 

5 Materials characterization 

The manufactured laminates were tested using 
following norms: 

1. DIN EN ISO 7822 for characterization of 
the fiber volume content  

2. DIN EN ISO 14125 for characterization of 
the flexural properties  

3. DIN EN ISO 14130 for characterization of 
the inter-laminar shear strength (ILSS) 

For the materials characterization at least 5 samples 
were tested per norm to calculate the standard 
deviation in the samples in order to understand the 
influence of selected process and process parameter 
on the laminate quality.  

 

6 Results and discussions 

6.1 Process analysis 

During laminates manufacturing by selected process 
variants the real-time process parameters from the 
injection equipment were exported and analyzed to 
evaluate the effect of selected process variants on 
the stability of the injection process and cavity 
pressure built-up pattern.  

Figure 4 shows the summary of the process data 
from the injection equipment for a laminate 
manufactured using the HP-IRTM process and resin 
flow rate of 80 g/s without use of vacuum. This 
figure is divided into three important sections, 
namely press closure, resin injection and curing. The 
press closure step is purely a function of the selected 
press closure profile and it may vary in accordance 
with the used profile. In the HP-IRTM process the 
required press force is built on the mold at the end of 
press closure step. The typical process characteristic 
of HP-IRTM and HP-CRTM can be seen in the resin 
injection step. The resin injection step started after 

31 s from the start of the process cycle step. During 
this process step the high-pressure mixing head of 
the injection equipment opened, resulting in resin 
and hardener mixing under high pressure, and the 
reactive resin mixture was injected into the cavity at 
a defined flow rate in 8.1 s time. As can be observed 
during the resin injection step the resin pressure 
increased to 142 bar from an initial value of 131 bar, 
whereas, the hardener pressure remained constant to 
130 bar which is same as prior to the injection step. 
In addition, during this step the cavity pressure 
increased continuously indicating that the 
impregnation of fibers was carried out in the 
HP-IRTM process during resin injection step. As the 
pressure sensors were placed at a distance of 
180 mm and 410 mm from the injection point, an 
increase in the cavity pressure was realized with a 
time delay of 2 s near the injection point (NIP), and 
6 s away from the injection (AIP) point after the 
resin injection step was started. The maximum 
measured cavity pressure in the mold was 62 bar 
near the injection point and 49 bar away from the 
injection point. Once the required amount of resin 
was injected into the cavity the mixing head closed 
again and the resin and hardener were shifted back 
to re-circulation mode. After the resin injection step 
was completed, the curing step followed during 
which the laminate was cured and then the laminate 
was demolded. During the curing step a continuous 
drop in the cavity pressure was observed which is 
attributed to a combination of resin shrinkage and 
minor resin flow out of the cavity through the 
gaskets until the gel point of the resin system was 
reached. As only a drop in the cavity pressure was 
observed in the curing step, the complete time scale 
for process analysis in figure 4 is limited to 80 s only 
from the process start. 
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Fig. 4. Process parameter analysis for the HP-IRTM 
process at 80 g/s resin injection rate 
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Fig. 5. Process parameter analysis for the HP-CRTM 
process at 80 g/s resin injection rate 

 

Figure 5 shows the summary of the process data for 
a laminate manufactured using the HP-CRTM 
process and resin flow rate of 80 g/s without use of 
vacuum. If compared to the HP-IRTM process, an 
additional compression step can be observed in the 
process data summary. In the press closure step the 
press was closed to a defined mold gap of 0.3 mm 
and in this case the press force is not yet applied on 
the mold. The resin injection step started after 35 s 
from the start of the process cycle step. During the 
resin injection step, the high-pressure mixing head 
opened, resulting in resin and hardener mixing under 
high pressure and resin injection at defined resin 
flow rate in 8.1 s in a partially open mold cavity. 
Unlike the HP-IRTM process, as the resin injection 
step started, the resin did not increase during this 
HP-CRTM experiment. The resin and hardener 
pressure during the injection step remained constant 
at 125 bar which is equivalent to the set pressure 
value before starting resin injection step. Unlike the 
HP-IRTM process, almost no increase of cavity 
pressure near or away from the injection point was 
observed during the whole resin injection step. It 
indicates that probably the fibers inside the roving’s 
were not completely impregnated during resin 
injection step. After resin injection the mixing head 
closed and then the compression step was carried 
out. The press closed the partially open mold 
completely, applying the defined compression force 
of 3100 kN. During the compression step, which 
lasted for 2-3 s, there was an immediate increase in 

the cavity pressure which indicates that the resin was 
squeezed in the fibers thereby leading to their 
impregnation by the resin. The observed maximum 
cavity pressure near and away from the injection 
point was approximately 54 bar and 39 bar 
respectively. After the compression step, the curing 
step was carried out and then the laminate was 
demolded.  

For rest of the laminates manufactured by HP-IRTM 
and HP-CRTM process at different resin flow rates 
only the resin injection step time varied accordingly 
with minor deviations in the cavity pressure values. 
These results will be presented directly during the 
conference. Also for the experiments conducted 
using vacuum, an additional time of 30 s was 
essential before the start of resin injection step to 
evacuate the mold cavity. Hence these results will 
also be presented directly during the conference.    

 

6.2 Fiber volume content in the HP-RTM 
laminates 

The fiber volume content in the manufactured 
HP-RTM laminates was measured by the ashing 
experiments.  
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Fig. 6. Average fiber volume content in HP-RTM 
laminates (V stands for vacuum) 

 

For measurement of the fiber volume content 
samples were cut from the laminates from the 
sections near and away from the injection point. The 
section near the injection point resembles to the 
laminate area of 560 mm x 400 mm, of which, 
560 mm is the mold width and 400 mm is the mold 
length with resin injection gate exactly in the middle 
of 400 mm mold length (laminate area near the 
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injection point extending 200 mm on either side of 
the resin injection gate). Rest of the laminate area is 
referred as section away from the injection point and 
this area is comparatively very close to the vacuum 
ports of the mold. In order to avoid any influences of 
the laminate thickness variations all the fiber volume 
content values were normalized to a laminate 
thickness of 1.7 mm. 

During analysis no influence of resin flow rate was 
observed on the fiber volume content values of 
samples if these samples were compared for their 
fiber volume content values respectively in the 
sections near and away from the injection point. The 
average fiber volume content values (bar values) in 
figure 6 are derived by taking the average of fiber 
volume content values of the samples manufactured 
using 40 g/s, 60 g/s and 80 g/s resin flow rate. As 
can be seen for all the experimental series the fiber 
volume content in the section away from the 
injection point was always slightly higher than the 
fiber volume content in the section near the injection 
point. Further, no influence of use of vacuum was 
observed on the fiber volume content of the 
laminates. 

 

6.3 Flexural properties   

The flexural properties of all HP-IRTM 
experimental series conducted with and without 
vacuum are given in table 2.  

Expt. 
Series

Resin 
injection 

rate 
[g/s]

Vacuum 
use

1 40 x 638  ± 81 Ref. 45  ± 4.4 Ref

1 40  734  ± 63 15% ↑ 50  ± 4.9 11% ↑

2 60 x 694  ± 48 Ref. 48  ± 2.1 Ref

2 60  772  ± 31 11% ↑ 54  ± 2.6 13% ↑

3 80 x 693  ± 53 Ref. 47   ± 3.1 Ref

3 80  746   ± 60 8% ↑ 49  ± 4.3 4% ↑

675  ± 66 Ref. 47  ± 3.5 Ref.

751  ± 55 11% ↑ 51  ± 4.6 9% ↑

Flexural 
strength [MPa]

± standard 
deviation

Flexural 
strength 

improvement 
[%]

Flexural 
modulus [GPa] 

± standard 
deviation

Flexural 
modulus 

improvement 
[%]

HP-IRTM process w/o  vacuum 

HP-IRTM process with  vacuum  
Tab. 2. Flexural properties of HP-IRTM laminates 
(± values indicate standard deviation) 

 

As can be seen in table 2, each experimental series 
conducted without use of vacuum is mentioned as a 
reference series. For understanding the effect of use 
of vacuum on the laminate quality, the flexural 
properties of laminates manufactured using vacuum 
are compared with the respective reference series 

and the property improvement in percentage is 
mentioned accordingly. As can be seen from table 2, 
using vacuum led to higher average flexural 
properties of the HP-IRTM laminates irrespective of 
the used resin flow rate.  
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Fig. 7. Flexural properties of the HP-IRTM laminates 
manufactured with and without use of vacuum 

 

In figure 7 flexural properties of individual samples 
from HP-IRTM laminates are presented. As can be 
seen, lower flexural properties can be observed if no 
vacuum is used and the flexural properties tend to be 
higher if vacuum is used. For all the HP-IRTM 
experimental series without vacuum average flexural 
strength of 675 MPa and average flexural modulus 
of 47 GPa was measured. If vacuum was used, the 
average flexural strength of 751 MPa (11 % higher) 
and average flexural modulus of 51 GPa (9 % 
higher) was measured. 

 

Expt. 
Series

Resin 
injection 

rate 
[g/s]

Vacuum 
use

4 40 x 644  ± 44 Ref. 44 ± 2.7 Ref.

4 40  704  ± 30 9% ↑ 47  ± 3.8 7% ↑

5 60 x 652 ± 108 Ref. 46   ± 5.5 Ref.

5 60  712  ± 46 9% ↑ 49   ± 5 7% ↑

6 80 x 613  ± 51 Ref. 42   ±  4.4 Ref.

6 80  735  ± 70 20% ↑ 49   ± 6.3 17% ↑

636  ± 71 Ref. 44  ± 4.6 Ref.

717  ± 53 13% ↑ 49  ± 5.1 11% ↑

HP-CRTM process w/ovacuum 

HP-CRTM process with  vacuum 

Flexural 
strength [MPa] 

± standard 
deviation

Flexural 
strength 

improvement 
[%]

Flexural 
modulus 

improvement 
[%]

Flexural 
modulus [GPa] 

± standard 
deviation

 
Tab. 3. Flexural properties of HP-CRTM laminates 
(± values indicate standard deviation) 
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The flexural properties of all HP-CRTM 
experimental series conducted with and without 
vacuum are given in table 3. Similar to the 
HP-IRTM process, as can be seen, using vacuum 
higher average flexural properties of the HP-CRTM 
laminates irrespective of the used resin flow rate 
were measured. 
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Fig. 8. Flexural properties of the HP-CRTM laminates 
manufactured with and without use of vacuum 

 

In figure 8 flexural properties of individual samples 
from HP-CRTM laminates are presented. For the 
HP-CRTM laminates as well higher flexural 
properties were measured if vacuum was used if 
compared to flexural properties of samples 
manufactured without use of vacuum. For all the 
HP-CRTM experimental series without vacuum 
average flexural strength of 636 MPa and average 
flexural modulus of 44 GPa was measured. If 
vacuum was used, the average flexural strength of 
717 MPa (13 % higher) and average flexural 
modulus of 48.5 GPa (11 % higher) was measured. 
A similar effect of use of vacuum on the higher 
flexural properties was also reported by Khoun et al 
in another study conducted for HP-RTM process 
variants [10]. 

 

6.4 ILSS properties  

The ILSS properties of all HP-IRTM experimental 
series conducted with and without vacuum are given 
in table 4.  

 

Experimental 
series

Resin 
injection rate 

[g/s]

Vacuum 
application

1 40 x 61 ± 2.5  Ref.

1 40  65  ± 1.1 7% ↑

2 60 x 63  ± 1.6 Ref.

2 60  66   ± 1.1 5% ↑

3 80 x 62   ± 4.1 Ref.

3 80  66  ± 2.8 6% ↑

ILSS [MPa] 
± standard 
deviation

ILSS 
improvement 

[%]

 
Tab. 4. ILSS of HP-IRTM laminates  
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Fig. 9. ILSS properties of the HP-IRTM laminates  

 

As can be seen, similar to the observations for 
flexural properties, using vacuum led to slightly 
higher average ILSS properties of the HP-IRTM 
laminates irrespective of the used resin flow rate. 
While taking into account the standard deviation, 
however, this increase in the ILSS is not 
significantly high. In figure 9 ILSS properties of 
individual samples from HP-IRTM laminates are 
presented. Figure 9 shows that lower deviation in the 
ILSS properties was obtained if vacuum was used 
for manufacturing of HP-IRTM laminates at all the 
resin flow rates. Especially at 80 g/s resin flow rate, 
if no vacuum was used, then a relatively higher 
deviation in the ILSS can be observed.  
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Experimental 
series

Resin 
injection rate 

[g/s]

Vacuum 
application

4 40 x 64  ± 3.8 Ref.

4 40  66  ± 2.5 3% ↑

5 60 x 63  ± 3.2 Ref.

5 60  64  ± 2.6 2% ↑

6 80 x 59  ± 6.8 Ref.

6 80  67  ± 2.4 14% ↑

ILSS [MPa] 
± standard 
deviation

ILSS 
improvement 

[%]

 
Tab. 5. ILSS of HP-CRTM laminates 
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Fig. 10. ILSS properties of the HP-CRTM laminates  
 

The ILSS properties of the HP-CRTM laminates are 
given in table 5. In case of HP-CRTM process at 
40 g/s and 60 g/s resin flow rate only a minimum 
increase in ILSS average value can be observed if 
vacuum was used which actually can be neglected 
while considering the standard deviation.  

Similar to the HP-IRTM process, as seen in 
figure 10, in case of HP-CRTM process as well 
higher deviation in the ILSS was observed if now 
vacuum was used at 80 g/s resin flow rate.  

 

7 Conclusion 

In the current study the HP-RTM process variants 
were studied using a fast curing resin system with a 
curing time of 5 min. While considering the need for 
manufacturing large surface area components it is 
essential to inject the resin in as short time as 

possible to be able to use fast curing resin systems 
for high-volume manufacturing of the automotive 
components. Hence HP-IRTM and HP-CRTM 
processes were studying at different resin flow rate 
varying from 40 g/s, 60 g/s to 80 g/s. In principle 
due to non-reduced permeability of the textile 
reinforcement and due to presence of small mold 
gap in the HP-CRTM process the resin injection step 
can be carried out without any pressure built-up in 
the mold cavity. In case of HP-IRTM process, 
however, during the resin injection step the cavity 
pressure increased continuously. The infiltration 
process in the HP-CRTM process is completed by 
applying the compression step, which otherwise in 
the HP-IRTM process is completed by cavity 
pressure built-up during the resin injection step.  

The characterization of the laminates manufactured 
by HP-IRTM and HP-CRTM process however did 
not show any differences in the physical and basic 
mechanical properties if these properties were 
compared to each other at constant process 
configuration (e.g. constant flow rate and vacuum 
condition being not varied). In both the process 
variants, resin flow rate did not show any influence 
on the flexural properties. In general higher average 
flexural properties were measured in both the 
process variants if vacuum was used to evacuate the 
mold cavity before starting resin injection step. The 
average ILSS properties of the laminates 
manufactured by both the process variants showed 
higher deviation at 80 g/s resin flow rate and 
applying vacuum in both the processes helped to 
stabilize the ILSS properties.   
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1 Introduction  

During the whole service life of a bridge, it may 

suffer various types of dynamic hazards, including 

the possible blast load due to the increasing terrorist 

attacks in recent years. Taking into consideration of 

the high vulnerability and potential societal and 

economic impacts of bridge collapse, it is necessary 

to investigate the dynamic behavior of various 

bridge types under blast load effects, and further 

propose effective measurements for bridge 

protection. 

Over the past few years, several codes and standards 

have provided information about blast-resist design, 

and prevention of progressive collapse has been an 

important consideration. Previously, both official 

and non-governmental design guidelines for military 

structures and buildings to resist weapons or blasting 

effects have been proposed, such as, “Design of 

Structures to Resist Nuclear Weapons Effects” [1], 

“Structural Design for Physical Security: State of 

Practice” [2] and US Army “Structures to resist the 

effects of accidental explosions” [3]. Although some 

of the developments could be applied on bridges, 

specific information on blast-resistant bridge design 

is still not widely available. 

In 2003, American Association of State Highway 

and Officials (AASHTO) [4] have provided several 

suggestions to enhance blast-resistance of bridge 

structures that fall under two categories: 

modifications in the design stages and strengthening 

techniques on existing bridges. Since the adjustment 

on bridge design guidelines is a complicated and 

systematic task that requires long-term investigation, 

much extensive research has been conducted on 

strengthening techniques. These techniques can be 

concluded as: 1) provision of physical protection to 

reduce the direct blast impact on the structure, and 

2) enhance the structure strength so that members 

are able to withstand the energy from the attack. 

Among these measures, FRP reinforcement was 

expected as an effective way. However, over the 

past years, extensive military testing has been 

conducted to investigate the concrete structural 

response under various detonation scenarios, but 

little information was released in the open literature 

about the FRP protection. And the available 

documents, such as UFC 3-340-02 [3], were more 

focusing on structural design rather than 

strengthening the existing structures. 

With the development of composite materials in past 

several decades, fiber reinforced polymers (FRP) 

have been widely used in structural design and 

building construction to enhance the structural 

performance and load bearing capacity, as well as 

the seismic resistance of shear walls, columns and 

structural joints [5]. Different types of fibres have 

been produced in the past years including carbon 

fibres (CFRP), glass fibres (GFRP) and Kevlar 

fibres (KFRP) all of which are available in various 

grades and types for different applications. In the 

structural engineering field, they are commonly used 

in application such as prestressing tendons for 

concrete and structural FRP wraps for repair and 

strengthening of reinforced concrete beams and 

columns. The results have demonstrated that FRP 

composites have potentials of becoming a practical 

and effective way of reinforcing concrete structures. 

FRP composites contain thin reinforcing fibres 

embedded in a resin matrix which can be classified 

as either polymer or epoxy matrix. The main uses of 

FRP composites in structural engineering field are: 

(1) enhancing their flexural strength and ductility, 

(2) strengthening material to structural component to 

withstand unexpected loads and (3) damage repair of 

structures.  

In recent years, because of its thinness, high strength 

and high energy-absorption, both the experimental 
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and numerical studies of FRP reinforcement for 

building blast-resistant design have been 

investigated. However, no definite conclusions were 

made due to its complex failure mechanism and 

bonding conditions in resisting violent blast load. 

From the wave propagation point of view, even 

though the FRP wrapping of structural components 

will increase its strength, it may still cause multiple 

interfaces of blast wave reflection [6]. Due to the 

high level of applied pressure from a blasting event, 

the ductility of a structure will be reduced, but it is 

still unknown what level of the ductility reduction is. 

The performance of FRP composite is also highly 

dependent on the quality of the bond between resin 

and fibre layers. This governs the shear stress 

development in the matrix between individual fibres 

of the FRP system when subjected to impact loads. 

Limited studies have been conducted to examine the 

suitability of externally bonded FRP in enhancing 

the blast-resistance of concrete and masonry 

structures. In 1977, Crawford et al. [7] studied the 

effectiveness of FRP jacketing by using the 

computer program DYNA-3D, concluding that FRP 

strengthening could increase the structural 

performance of reducing fragmentation and 

projectiles formation, and near 50 to 60% of 

displacement could be reduced. Similar 

experimental testings on structural components were 

also carried out. Ross et al. [8] investigated the 

suitability of carbon fiber reinforced polymers 

(CFRP) as a blast resistance enhancing material in 

reinforced concrete beams. In 1995, the air blast 

tests on concrete masonry walls were performed by 

Muszynski [9]. It was reported that compared with 

the un-protected one, the structure that was partially 

strengthened with aramid (Kevlar) composites 

experienced a more ductile failure mode. Similarly, 

a somewhat relevant study was conducted by 

researchers at Wilfred Baker Engineering [10]. By 

bonding with Kevlar fabric (KFRP) on two faces, 

the out-of-plane bending resistance of 2.5m by 2.5m 

concrete masonry unit walls was enhanced 

significantly. Both the bending failure and shear 

failure were controlled with FRP strengthening. 

More recently, the blast response and ultimate 

resistance of RC slabs externally strengthened with 

CFRP laminates were investigated by Razaqpur et al. 

[11]. It was found that overall, the retrofitted slabs 

performed better than the control slabs, but one 

retrofitted slab completely failed under the blast load 

while none of the control slabs experienced 

complete failure under similar load.  

These studies, and other similar ones that have not 

been cited here, have provided comprehensive 

information of externally bonded FRP in increasing 

the blast-resistance of structural components or 

buildings. Based on the discussions above, one can 

see that it is a complex and challenging area of FRP 

strengthening under blast load. However, limited 

information was given on bridge structures, 

especially for highway bridges and long-span 

bridges. Therefore, the objective of this paper is to 

study the application of FRP on a concrete-steel 

composite slab-on-girder bridge to resist blast loads. 

Among various types of polymer materials, CFRP 

composite is selected in this study considering its 

high modulus of elasticity and low mass density. 

The CFRP material is represented by a homogenized 

orthotropic material, obtaining from experimental 

tests and numerical simulation [12]. A three-

dimensional finite element model for girder bridge 

was built using a commercial explicit finite element 

package AUTODYN [13]. The CFRP laminates 

were implemented onto different locations of the 

bridge, with changing dimensions. Detailed bridge 

responses were observed and discussed in this paper, 

and several general comments were also given. 

 

2 Basics of structural response under blast load  

Normally, the detonation of high explosive 

immediately generates a spherical shock wave with 

high transient pressure that decays to atmospheric 

pressure level with increasing time and distance in a 

short period. A typical pressure-time history profile 

is presented in Fig. 1 and expressed by an 

exponential equation as shown below [14]. 

    ΔP(t)=Ps(1-t/t+)·exp{-αt/t+}          (1) 

where Ps is the peak overpressure, t+ is the duration 

of the positive phase and α is referred to a decay 

coefficient. 

Both decoupled and fully coupled approaches have 

been proposed and used to predict structural 

response under blast load. Conventional structural 

nonlinear analysis for reinforced concrete structures 

under blast load is based on simplified decoupled 

approaches, either employing empirical formulas or 

assuming simplified triangle load pattern for 

estimation. With the rapid development of computer 

hardware and maturity of computational mechanics 
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over the last decades, it has become possible to 

conduct detailed numerical simulations of blasting 

effects on structures in personal computers. Among 

these methods, a fully coupled fluid-structure 

interaction model based on a coupled Euler-

Lagrange finite element algorithm [15] has been 

identified as one of the most effective tools in 

blasting study. In order to solve the element number 

constraints and limitation of computational resources 

in conducting bridge structures simulation on 

personal computers, a Multi-Euler domain method 

[16] has been developed and was adopted in this 

study. The detailed procedure of the Multi-Euler 

domain method is summarized in the flowchart, as 

shown in Fig. 2 [17]. 

 

3 Computational models 

3.1 Bridge configuration 

As the most common types of bridge structures in 

highway systems, the reinforced concrete composite 

slab-on-girder bridge has been suffering many 

terrorist attacks during the past several decades. 

Therefore, in this study, it was chosen for the 

blasting analysis with detailed dimensions and 

appropriate material models. Fig. 3 presents the 

configurations and cross section dimensions of this 

bridge model. The bridge deck has two layers of 

steel reinforcements and the five steel girders are 

equally spaced at 2m apart. 

3.2 Numerical material modeling & FEM 

techniques  

The materials adopted in this study include concrete, 

steel, air, high explosive TNT and CFRP. For single 

span slab bridge, as illustrated in Fig. 3, a discrete 

model is employed to model the reinforced concrete 

deck, where the concrete and steel reinforcement are 

modeled with 8-node solid Lagrange element and 3-

node Belytschko beam element, respectively. A 

perfect bond assumption is made so that the bond 

slip between the concrete and reinforcement is fully 

dependent on the concrete element only. A piece-

wise Drucker-Prager model is employed in     

representing the strength definition of concrete 

because the chosen strength model has been proven 

to be accurate in predicting the concrete behavior 

under both simple static tests and in the blast loading 

condition [18]. Because of the complex nonlinearity 

of the macroscopic concrete, the Riedel-Hiermaier-

Thoma (RHT) concrete failure model and the Porous 

equation of state (EOS) model [19] are used to 

consider the large-scale heterogeneity and porosity 

of concrete material under blast load. In this study, 

the Johnson and Cook material model [20] is used 

for all the steel components, including steel 

reinforcements and steel girders. The advantage of 

this model is that it allows users to define the stress 

strain curve arbitrarily in terms of the strain rate 

effect. 

For the current study, the generation of blast loading 

relies on the remapping technology [13], where the 

high explosive is detonated and blast wave spreads 

in the air via a 1-D Arbitrary Lagrange-Euler (ALE) 

solver, and then the 1-D analysis result file would be 

imported into 3-D structural model for further 

coupled calculation by using the Multi-Euler domain 

method. The high explosive material and ambient air 

are modeled with the Jones-Wilkins-Lee (JWL) EOS 

and Ideal Gas EOS, respectively. All the air range 

surfaces have a boundary condition named the flow-

out boundary condition to model the real infinite 

non-reflected air situation. 

Among various types of CFRP models, the material 

properties adopted here are those developed and 

validated by comparing numerical simulations and 

impact experiments [12], as seen in Table 1. The 

modeling approach selected in this study 

incorporates a 3-D 8-node solid Lagrange element. 

Even though many researchers have conducted 

numerical simulation by using shell element to 

model CFRP under impact and blast loads, 

considering its better computational efficiency, this 

application would not allow the accurate prediction 

of shock waves propagating through the thickness of 

the laminate. The CFRP laminates is represented by 

a homogenized orthotropic EOS, orthotropic yield 

strength model and orthotropic softening failure 

model. Understanding the fact that debonding is one 

of the primary failure modes of FRP protection 

under blast loads, propoer modeling of the interface 

between structures and FRP laminate is a 

considerable challenge. However, in order to save 

the computational resources in this study, the perfect 

bond assumption is introduced in interface modeling 

since the simulation duration is relatively small 

(millisecond level), and normally under dynamic 

load, the failure mostly occurs inside the concrete 

layers [21]. 
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Generally, the accuracy of the explicit finite element 

analysis is highly affected by the mesh size, and a 

small mesh size normally is required to ensure a 

reliable structural performance under blast loads. 

However, due to the limitation of the computational 

resources and the limited field of a typical blast 

event, it is impractical to model all the bridge 

components with small mesh size. Convergence 

studies have been conducted and it was found that a 

10cm mesh size was adequate to ensure a reliable 

pressure time-history and dynamic structural 

response compared with the experimental data. 

 

4 Numerical analysis and result discussion 

Based on the existing failure records of bridges 

subjected to blast load, it can be concluded that 

terrorist attacks are highly unpredictable events. 

Many factors, such as the TNT charge weights, 

detonation locations and standoff distances, would 

result in different structural responses for each 

particular case. However, this study focuses on the 

strengthening techniques to increase the capacity of 

the bridge against blast load. Therefore, a critical 

blasting event is needed, rather than investigating all 

the possibilities. Among various possible blasting 

attacks towards this highway bridge structure, the 

below-deck detonation of 100kg equivalent TNT is 

assumed as the worst case scenario, since many 

researchers have concluded that due to the complex 

wave reflection and confinement effect, an explosion 

occurs beneath a bridge will lead to the most severe 

damage [17, 22]. Hence, the blasting scenario 

selected in this study is a hand-placed detonation at a 

close distance below the bridge deck. Moreover, 

since the design codes for bridges have not 

incorporated the basic capacity to endure upward 

bending moments and shear, and the conventional 

bridge itself was designed with certain redundancy 

to withstand dead load and vehicle load only, a 

hand-placed charge near the steel girders may 

generate a large upward dynamic force that will 

cause an unusual structural response of the bridge. In 

the meantime, the separation of the girder system 

and the large bending appeared in steel girders will 

definitely make the situation much more severe. Fig. 

4 presents this most vulnerable detonation event. To 

simplify the analysis, a half bridge model was built 

taking the mid-span as the symmetry axis and the 

total calculation time is 6.5ms. 

4.1 Bridge performance without CFRP protection  

Fig. 5(a) shows the propagation of air pressure using 

the Multi-Euler domain method. The light-colored 

surfaces in the air zone represent the incident blast 

waves and the gauges in the air were used to record 

the high blast pressure and impulse at different 

locations. As shown in the pressure time-history 

profile in Fig. 5(b), the pressure at Gauge 16 (4m 

away from the detonation centre) has been amplified 

nearly 50% compared with that at Gauge 10 (2m 

away from the detonation centre), demonstrating the 

complex reflected pressure phenomenon and the 

confinement effect involved in this case. 

Response of the slab bridge without CFRP 

protection subjected to 100kg TNT below-deck 

explosion is calculated. Fig. 6(a) shows the damage 

propagation of bridge deck at different time instants. 

As the blast pressure is mainly limited between the 

2nd and 3rd girder along the longitudinal direction, 

it can be seen clearly due to the half confinement 

effect and the reflected pressure, more than 1/3 of 

the area of the concrete deck suffers severe damage, 

and the whole segmentation between the 2nd and 

3rd girder fails completely. Additionally, because of 

the direct uplift force and the horizontal deformation 

of steel girders created by the blast loads, the 

separations of the girder system are also captured, as 

seen in Fig. 6(b). The highly localized crushing of 

concrete elements resulted from the half confined 

explosion have had a significant effect on the overall 

bridge stability. For steel girder, compared with the 

301.9mm of vertical deformation appeared in 

concrete deck, only a 88mm of horizontal 

deformation was generated without obvious failure, 

indicating the good ductility and high strength of 

steel material in resisting blast load. 

4.2 Bridge performance under CFRP 

strengthening 

In order to investigate the effectiveness of CFRP 

strengthening in blast-resistant design, 2m*4m range 

of CFRP sheet with 5mm thick was bonded to the 

bottom (front surface) and the top (backside) of the 

bridge deck, respectively. Fig. 7 shows the damage 

states of the two strengthening bridge deck at 3.5ms 

and 6.5ms. Comparing with unprotected case, shown 

in Fig. 6(a), only the damaged areas at two fixed end 

were reduced marginally, indicating this localized 

protection does not significantly improve the blast 
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resistance of the bridge subjected to 100kg TNT 

explosion. However, it should be noted that, at the 

early stage of the explosion (within 3.5ms), less 

damaged concrete were produced in upper deck 

protection case, proving the effectiveness of CFRP 

at backside in reducing the fragmentation and 

projectiles formation.  

Similar results could also be found in displacement 

comparison. The maximum vertical displacements 

on bridge deck with CFRP strengthening at backside 

are 164.9mm at 3.5ms and 304.6mm at 6.5ms, 

respectively, which are similar to the un-protected 

case that are 161.3mm and 301.9mm. However, 

larger displacements (180.8mm and 340.7mm) are 

observed from the front-surface strengthening case, 

which could be explained by that under the FRP 

strengthening at front surface, multiple interfaces of 

blast wave propagation were generated resulting in 

much stronger wave reflection. 

In order to study the dynamic response of the bridge 

under externally bonded CFRP, a virtual gauge was 

set on the concrete deck right above the detonation 

center to capture the vertical velocity time-history. It 

can be observed from Fig. 8 that at the initial stage, 

both the two protected bridge decks produced a 

higher vertical velocity compared with the bridge 

without CFRP reinforcement. From the wave 

propagation point of view, as reviewed before, 

CFRP may create multiple interfaces of blast wave 

reflection and consequently it may cause velocity 

variations under direct wave shock. With the wave 

propagation, strengthening decreased the dynamic 

response of the deck eventually. Overall the 

strengthened bridge performed better than the 

original one, but the improvement is insignificant. 

This observation is consistent with other 

researchers’ conclusions that 1) the reinforcement 

should be installed in the backside of the structure, 

rather than the front surface [23]; and 2) a single 

side protection may contribute very little to blast-

resistance of structures [24]. 

To further study the bridge performance subjected to 

blast load by using CFRP, three more cases are 

conducted, including two back side CFRP 

strengthened cases with larger (4m*12m) and full 

(10m*24m) reinforcements and one full protected 

case that using CFRP bonded on both sides of the 

deck. Unfortunately, compared with the un-

reinforced bridge model, equal damaged states are 

produced in these three protected cases even where 

more polymer materials have been adopted, 

demonstrating that the RC slab-on-girder bridge 

chosen in this study could not withstand the shock 

waves resulting from the explosion of 100kg of TNT 

below-deck detonations at close standoff distance. 

However, it still can be observed that both the three 

larger CFRP strengthening and the unprotected case 

generated almost the same peak values of vertical 

velocity within 3ms, but decayed into different 

ultimate states (20m/s, 30m/s and 50m/s), 

demonstrating the effectiveness of CFRP in 

stabilizing the bridge dynamic response, as seen in 

Fig. 9. Similar results could also be found in 

displacement comparison. Compared with the 

un/small-reinforced cases,  the maximum vertical 

deformations of three CFRP strengthened cases are 

286.3mm, 270.9mm and 240.8mm, respectively, 

indicating the remarkable capacity of larger CFRP 

laminates in reducing the deck deformation, 

especially the strengthening at both sides,  

 

5 Conclusions 

This paper studied the structural responses of a 

CFRP strengthened RC highway bridge subjected to 

blast loads. By using the Multi-Euler domain 

method, the numerical analysis of full-scale bridges 

was conducted on personal computers with high 

efficiency and accuracy. Findings and comments 

obtained from the study are as follows: 

(1) Numerical results show that for the adopted 

bridge model, damage is mainly induced by wave 

propagation with concrete spalling and crushing, 

especially if explosion is set very close to the girder 

system. Due to the close standoff distance and the 

confinement effects involved, an under-deck 

detonation with 100kg equivalent TNT has been 

identified as the most critical case 

(2) In order to study the effectiveness of FRP in 

improving the blast-resistance of the bridge, the 

5mm thick CFRP reinforcement with different 

dimensions was applied on either the compressive 

and tensile side of the concrete deck, respectively. 

Numerical results indicate that overall the 

strengthened bridge performed better than the 

original one, but the improvement is insignificant. 

Additionally, the reinforcement should be installed 

in the backside of the structure, rather than the front 

surface, since CFRP protection is more effective in 
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reducing the fragmentation and projectiles formation, 

rather than enhancing the structural strength. 

(3) Parametric study also shows that the bridge 

performed better with larger area of CFRP 

strengthening, especially installment on both sides of 

the bridge deck, even though the damage reduction 

is relatively small, demonstrating the vulnerability of 

the slab-on-girder bridge itself in resisting 100kg 

TNT. Therefore, it is difficult to come up with 

definite conclusions about the blast mitigation 

capacity of CFRP. Further field testing and analysis 

of using FRP strengthening are needed. 
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Table 1. Data set of the CFRP orthotropic EOS model 
Reference Density  1.563 Bulk Modulus A1  25.04 

Young’s Modulus 11  72.90 Parameter A2  0 

Young’s Modulus 22  22.89 Parameter A3  0 

Young’s Modulus 33  9.07 Parameter B0 1.098 

Poisson’s Ratio 12 0.77 Parameter B1 1.098 

Poisson’s Ratio 23 0.55 Parameter T1  25.04 

Poisson’s Ratio 31 0.019 Parameter T1  0 

Shear Modulus 12  48.35   

Shear Modulus 23  0.558   

Shear Modulus 31  0.873   

 

 

Fig. 1 Typical blast pressure-time history 

 

 

Fig. 2 Flowchart of the Multi-Euler domain method 

 

 

Fig. 3 Slab-on-girder bridge model 

 

 

Fig. 4 Blasting scenario for girder bridge 

 

 

(a) Wave propagation 

 

(b) Pressure time-histories of Gauge 10&16 

Fig. 5 Blast wave spread for below-deck with 100kg TNT 

detonation 
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(a) Damage of bridge deck without CFRP protection 

 

(b) Separation of girder system 

Fig. 6 Dynamic response of the un-protected bridge 

 

 

Fig. 7 Damage of CFRP strengthened concrete deck (top 

face) 

 

 

Fig. 8 Velocity comparison for front and back CFRP 

protections 

 

 

Fig. 9 Velocity comparison for four CFRP backside 

reinforced cases 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Carbon/epoxy composites are being used in primary 
aircraft structures to improve performance and save 
weight. However, carbon/epoxy materials are brittle 
and thus susceptible to impact damage which can 
cause multiple delaminations. In traditional metallic 
structures, the critical damage type is fatigue 
cracking, which is managed by damage tolerance 
methodology and arrested by tear straps. In 
laminated composites, the critical damage type is 
delamination. Damage tolerance methodology for 
metallic structures is not directly applicable because 
delamination damage is primarily driven by 
unpredictable discrete events, not by cyclic loading; 
while tear straps are simply ineffective in arresting 
delamination. Currently, crack arrest fasteners are 
being employed throughout the structure to address 
this type of damage. The goal is to provide fail-
safety by stopping any propagating cracks as they 
reach the fastener, thus limiting the extent of the 
damage. At present, there is no analytical tool 
available for the proper sizing and optimization of 
these fastener features. In order to validate the 
design, large scale experiments are conducted to 
empirically determine if the fastener could arrest a 
propagating crack under a limited set of load cases; 
still, such validation exercise only produce a yes/no 
outcome, which are not beneficial for the 
optimization of future designs. Current practice 
often calls for one or two arrest fasteners installed in 
series. The lack of understanding of delamination 
propagation characteristics and the inability to 
optimize the crack arrest feature lead to weight 
penalties that could otherwise be avoided.  
 
The present research is aimed squarely at solving the 
above problem. The research has yielded critical 
understandings of the underlying mechanisms of the  
arrest feature. An analytical tool for analyzing the 

 
effectiveness of such feature has been developed, 
combining structural analysis, joint analysis, and 
fracture mechanics. It is determined that the 
elimination of mode I fracture component, the 
fastener joint stiffness [3], and the crack-face 
friction, are the three primary mechanisms with 
which the fastener arrests delaminations. In addition, 
experimental studies have been conducted to 
validate the analytical predictions. Good agreement 
between the analysis and experiment is observed. 
  
2 Problem Description 
The problem has been simplified to an infinite-width 
split-beam with fasteners attached at prescribed 
locations. Each beam thus is representative of either 
a delaminated sub-laminate or sub-component post-
failure. When bonded, the two beams act as one, but 
as the crack propagates, the fastener is loaded and 
resists the propagation, with the ultimate goal of 
preventing excessive crack propagation below the 
critical loads for other failure modes. A schematic of 
the model near the fastener is shown in Figure 1.  
 

 
     Figure 1. Schematic of the Split-beam Model 
 
3 Modeling   
A 2-D model of the system was created in the 
commercial software ABAQUS, shown in Figure 2, 
approximating an infinite width panel using plane 
strain elements to create a split-beam with a fastener 
modeled as two springs. Crack propagation is 
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simulated using the virtual crack closure technique 
(VCCT). A mixed-mode fracture law, B-K law, is 
used to determine crack propagation behavior. [2]. 

 
             Figure 2. A 2-D Finite Element Model  
 
The model consists of two 24-ply plates; with each 
0.0075 inch thick ply represented by one element 
through the thickness and properties based on 
T800/3900 material properties. The CPE4R 2-D 4-
node bilinear quadrilateral plane strain element with 
reduced integration is used in the plates. 
 
The fastener is made of titanium with E=16.5msi. 
The modeling of the fastener is simplified to two 
independent springs: the axial property of the 
fastener is calculated assuming it is a constant 
diameter bar; while the shear stiffness is modeled 
using the fastener flexibility approach proposed by 
Huth [3] shown in Eq. (1). For single lap bolted 
graphite/epoxy joints, the constants are a=2/3, b=4.2 
and n=1. A nonlinear spring is used to model the 
preload due to fastener install torque. 
 

1 2

1 1 2 2 1 3 2 3

1 1 1 1
2 2 2

a
t t b

C
d n t E nt E t E nt E

       
   

   (1) 

 
The disbond/delamination is assumed to propagate 
in a self-similar fashion, thus the crack tip always 
remains at the prescribed interface between the two 
plates regardless of load conditions. The simulation 
starts with the nodes tied together, and the FEA 
solver iterates to yield a load magnitude which 
satisfies the energy release rates required for crack 
propagation. The tie constraint of the crack tip node 
is then released, and the next node along the 
interface becomes the crack tip.  
 
In general, the failure envelope should include many 
competing failure modes, such as tension failure, 
bending failure, fastener shear-off, fastener pull-
through, etc. However, for the purpose of this study, 
only static crack propagation is considered. [2].  

4 Experimental Studies 
A novel delamination arrest experiment (Figure 3) 
has been designed and conducted to validate the 
analysis tool. Carbon/epoxy pre-preg tape with a 
quasi-isotropic layup, ((0/45/90/-45)3S/crack)s has 
been tested. An initial crack is implanted at the mid-
plane of the specimens using a teflon insert. A 
titanium fastener of 0.25 inches in diameter is used 
and tightened to a prescribed torque. 

 
        Figure 3. Two-Plate Crack Arrest Specimen 
 
In order to capture the general influence of the 
installation torque on the crack propagation load, the 
installation torque was varied from “finger tight,” 
where the fastener could no longer be rotated by 
hand, to 47 in-lb. The maximum tested torque is 
approximately one half the factory install torque for 
the fasteners, and is representative of the minimum 
expected fastener torque in service.  
 
The specimens were tested in tension with the crack 
tip tracked visually. The specimen was painted white 
to enhance the crack tip visibility and a 0.125 inch 
scale was marked on the side.  
 
5 Results and Discussion 
Results from the single-fastener specimen tests 
along with the analytical prediction showed that a 
fastener in the presence of the crack front retard the 
growth of the crack effectively, as seen in Figure 4. 
The fastener is located at crack-tip location zero. 
Prior to the fastener, the crack propagation is 
unstable, as seen by the dashed lines leading up to 
0.125 inches before the fastener. At this stage, the 
crack tip is under mixed mode condition, but 
dominated by Mode I. If there were no arrest feature 
installed, this indicates that the crack propagation is 
totally unstable, with no opportunity for arrest.  
In order to propagate the crack tip past the arrest 
fastener, the load must increase by at least 3.5 kip 
(37.5%). Increasing fastener install torque, which 
generates higher crack-face contact friction, leads to 
further increase in arrest capability. This represents a 
dramatic increase in load margin for this failure 
mode, demonstrating the effectiveness of the arrest 
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fastener. The analytical model predicts the 
propagation loads after the crack tip reaches the 
fastener. Different friction coefficients are used 
assuming a fastener preload equal to 50% of the 
tensile yield strength. The model diverges from the 
experimental results as crack length increases. This is 
because as the fastener joint becomes highly loaded, 
fastener rotation and bearing damage at the hole 
generate nonlinearities that are not accounted for in 
the analytical joint model. 

 
Fig.4. Experimental Results and Predictions 
 
Figure 5 shows the ABAQUS results for the case of 
pure Mode I loading. The fastener is positioned at 
crack-tip location zero. It can be seen clearly that the 
growth of the crack in Mode I loading is extremely 
well arrested by fastener. The crack stops within one 
fastener diameter from its location. 
 

 
Fig. 5. Crack Propagation for Pure Mode I Loading  
 
Additionally, further analysis shows that strong 
crack-face friction generated by fastener preload has 
a significant effect on crack arrest; however, 
fastener-hole clearance could limit the performance 
of the arrest mechanism by delaying the engagement 

of the fastener joint. This is seen in Figure 4, where 
the black lines represent differing assumed 
coefficients of friction, and by increasing the 
frictional force; the propagation load was 
subsequently increased.  
 
Figure 6 shows the energy release rate (ERR) 
components vs. crack-tip location. It can be seen that 
Mode I ERR is almost completely shut down by the 
fastener as the crack approaches the fastener. In this 
case, the GI component is absorbed by the fastener 
and subsequently GII  must be increased  to make up 
for the loss of GI.  In addition, since GIIC is generally 
much higher than GIC, by forcing the crack to 
propagate in pure Mode II, the crack propagation 
load is significantly increased.  

 
 Figure 6. ERR Components vs. Crack-Tip Location 
 
6 Conclusion 
The effectiveness of fasteners as a crack arrest 
feature in composite structures has been analyzed 
and experimentally verified. In the split-beam FEA 
model, in conjunction with the experimental testing, 
it is shown that the presence of a fastener is highly 
effective in arresting the propagation of a crack by 
two primary mechanisms: 1). its ability to restrict 
crack propagation to Mode II and 2). its elastic 
influence on the structure. It is shown that the 
fastener is extremely effective in eliminating GI by 
restricting the opening displacement around the 
crack tip, forcing the crack into pure Mode II 
propagation. The propagation load subsequently 
increases, achieving the desired effect of crack 
arrestment, with the largest benefit seen in structures 
where the load conditions predominantly in a Mode 
I ERR component at the crack tip. In general, the 
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presence of a fastener will turn a potentially 
catastrophic unstable crack propagation into a stable 
one, providing fail-safety to the structure.  
 
A two dimensional finite element modeling method 
has been developed. Although the experimental 
results generally agree with the analytical prediction; 
inaccuracies regarding the fastener joint modeling 
reduce agreement, which prompts for more research 
to understand this important part of the arrest 
feature. Specifically, traditional fastener flexibility 
approaches, used for bearing-bypass analysis of 
arrayed bolted/riveted-joints, provide inaccurate 
descriptions of the behavior of the fastener joint in 
an arrest configuration.  
 
Also, there exists a deficit in the understanding and 
certainty of some parameters with significant 
influence on the arrest capability of the fasteners, 
such as the crack-face friction generated by fastener 
preload and fastener hole clearance.  
 
Furthermore, other failure modes, including laminate 
failure, fastener yield, fastener pull-through and joint 
bearing failure, are not considered in this study. A 
proper design of such crack arrest mechanism should 
take into account all other failure modes.  
 
In particular, further research is required to increase 
the certainty of the parameters needed to fully 
characterize the relationship of the installation 
torque of the fastener to the arrest effectiveness. The 
installation torque cannot be reliably related to the 
generated bearing pressure without experimental 
characterization of the fastener in question. As well, 
the crack face friction remains an area of further 
study. As these parameters are more fully 
understood, it is expected that the model and 
experimental results will converge.  
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1 Introduction   

Recently, fiber reinforced thermoplastics (FRTP) are 
being developed, especially in the field of 
automobile structures. The advantages of FRTP are 
not only lightweight as well as FRP but also can be 
easily recycled and reused because thermoplastics 
can be remelted and remolded by heat. However, the 
molding of FRTP with continuous fibers is difficult 
because of the high viscosity of the matrix. 
In-situ polymerizable polyamide 6 (PA6) using 
anionic ring opening polymerization of ε-
Caprolactam could be used as a matrix in order to 
quickly mold FRTP with the fiber fabrics [1]-[3] . 
The viscosity of ε-Caprolactam is very low because 
it is monomer and its polymerization starts after 
impregnation with fibers. Therefore, the in-situ 
polymerizable PA6 is supposed to be the one of the 
most suitable matrix of the FRTP. However, the 
glass transition temperature (Tg) of PA6 is known as 
approximately 60℃  and the evaluation of 
mechanical properties of FRTP using in-situ 
polymerizable PA6 under a high temperature is 
important for the practical use.  
In the past papers, the improvements of mechanical 
and thermal properties of thermoplastics with the 
addition of organic modified nanoclay to resin were 
reported. There were two kinds of fabrication 
method of reinforced polymer with the nanoclay. 
One was a blend and kneading method of molten 
polymer and nanoclay [4]-[7]. The other was a 
mixing method of nanoclay to a monomer before 
polymerization [8]-[11]. The molding techniques 
and mechanical properties of nanoclay, glass fiber 
and epoxy hybrid nanocomposites were also 
reported [12], [13].  
In this study, heat resistance properties of the FRTP 
composed of the in-situ polymerizable PA6 and CF 

and GF fabrics were examined. The addition of the 
particle of organic modified nanoclay into the in-situ 
polymerizable PA6 was examined in order to 
improve its heat resistance properties.     
 

2 Molding Method  

2.1 Materials  

The in-situ polymerizable PA6 was obtained from ε-
Caprolactam. Sodium salt as an anionic catalyst and 
hexamethylene diisocyanate as an active agent were 
used. The melting point of ε-Caprolactam is 
approximately 70 ℃ and the viscosity of melted ε-
Caprolactam is under 10 mPa·s. The polymerization 
finishes within one minute.  In consideration of the 
wider application and smaller material cost of FRTP, 
reinforcing fibers were used in combination of CF 
fabrics (CF3302H: Toray Industries, Inc.) and GF 
fabrics (WEA22F-BX: Nitto Boseki Co., Ltd.)  
 

2.2 Molding Condition 

The molding method of the FRTP which was 
composed the in-situ polymerizable PA6 and the CF 
and the GF fabrics was a VaRTM. The temperature 
of the molding die was 140℃. This temperature was 
appropriate one in the past fabrication of CFRTP 
and GFRTP. The schematic view of the VaRTM is 
shown in Figure 1. In order to obtain higher bending 
stiffness and strength, the CF fabrics were stacked 
upper 2 layers and lower 2 layers and the GF fabrics 
were stacked middle 10 layers. The average of the 
fiber volume fraction was approximately 42 %. The 
fabricated hybrid FRTP is shown in Figure 2. 
Hereafter, the fabricated hybrid FRTP is described 
as HFRTP. As the result of the sectional observation 
as shown in Figure 3, in-situ polymerizable PA6 was 
sufficiently impregnated in the fibers. 
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HEAT RESISTANCE PROPERTIES OF FRTP COMPOSED OF IN-SITU 
POLYMERIZATION PA6 AND CF AND GF FABRICS

3.4 Degree of Crystallinity 

The degree of crystallinity of in-situ polymerizable 
PA6 was calculated by equation (3). Where, the heat 
of fusion Δ Hm was measured by differential 
scanning calorimeter from the room temperature to 
250 ℃ with  the heating rate of 10 ℃ / min. The 
heat of fusion of perfect crystal of PA6 ΔHm

100%  is 
estimated 188 J/g based on the report of  Dole and 
others[14]. 
 

DC�%� =
∆�	

∆�	

��%

× 100																			(3) 

                                                                              
  

4 Results of DMA and Bending Test  

The results of the DMA test of the HFRTP are 
shown in Figure 4. The local maximum of tanδ 
indicated the glass transition temperature (Tg) and it 
was near 50℃. However, the storage modulus of the 
HFRTP over the Tg was not drop down because the 
PA6 became already to crystalize. 

The bending strength and modulus of the HFRTP 
are shown in Figure 5 and Figure 6 respectively. The 
bending strength decreased according to the increase 
of the testing temperatures. Although the bending 
modulus slightly decreased with the higher 
temperature, its value kept about 80% of that of the 
room temperature. Figure 7 shows the representative 
stress strain curves under the each test temperature. 
After the peak stress, the stress kept almost the same 
value until the maximum strain and the maximum 
strain at the each test temperature showed the almost 
same value of 1.6%. In order to reveal the fracture 
mode, the microscopic observations were carried out. 
Some local separations of carbon fibers were 
observed at the outermost layer just before the 
maximum stress (Figure 8). Then a failure of CF 
layer at the compressive side occurred (Figure 9) 
and the stress slightly dropped (Figure 7). However 
the GF layer and the CF layer of tensile side were 
not damaged and kept the high stress for a short time. 
The final failure of HFRTP occurred at the tensile 
side (Figure 10). Under the higher temperature than 
the room one, the failure behavior was almost same 
as the room temperature. But a wrinkle buckling of 
CF layer appeared (Figure 11) near the maximum 
stress instead of the local separation spots. The 

wrinkle buckling was caused by the softening of the 
matrix under the high temperature over the Tg. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.4 Results of DMA of HFRTP 
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Fig.7 Stress strain curve of HFRTP under high 
temperatures 

 

 

 

 

 

 

 

 

 

 

Fig.8 Initial damage at compression side of HFRTP   
(RT) 

 

 

 

 

 

 

 

 

Fig.9 Fracture mode at compression side of HFRTP   
(RT) 

 

 

 

 

 

 

 

 

 

 

Fig.10 Fracture mode at tension side of HFRTP   
(RT) 

 

 

 

 

 

 

 

 

 

 

Fig.11 Initial damage at compression side of HFRTP   
(80℃) 

 

 

5 Experiment of Addition of Nanoclay 

5.1     organic modified nanoclay  

For the purpose of improving heat resistance 
properties, the addition of organic modified 
nanoclay to the matrix was examined. The organic 
modified nanoclay was modified an ammonium ion 
with inorganic mineral montmorillonite 
(Cloisite15A: Southern Clay Products, Inc.) The 
chemical constitution and particle size were shown 
in Figure 12 and Table 1, respectively. 
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Fig. 12 Chemical constitution of Colisite 15A 

 

Table 1 Particle size and contents of Colisite 15A 

 

 

 

 

 

5.2    Comparison of In-situ PA6 to In-situ PA6 
with nanoclay 

As first trial test, 1, 2 and 3 weight % of organic 
modified nanoclay particles were added to the in-situ 
polymerizable PA6. The net PA6 plate and the PA6 
with the nanoclay plates were fabricated by using 
VaRTM facilities as the same temperature condition 
of the HFRTP molding. The nanoclay particles were 
dried in the vacuum furniture of 40℃ more than 24 
hour before the addition and were mixed them to the 
molten monomer before polymerization. The 
photograph of all specimens is shown in Figure 13. 
The color of PA6 changed gradually to brown from 
white with the increase of the contents of the 
nanoclay. The microscopic image of section for the 
2 weight % specimen was shown in Figure 14. For 
all of the specimens, the PA6 and the nanoclay 
particles were mixed uniformly.  

The results of the DMA test of the all specimens are 
shown in Figure 15 and 16. The storage modulus of 
the plates with the nanoclay was improved. The 
decrease of the storage modulus after Tg was lower 
by the addition of the nanoclay more than 1 
weight %.  

Next, the results of bending test of the net PA6 
specimen and the PA6 specimens with the nanoclay 
under the room temperature and 60℃ are shown in 
Figure 17-20. When the PA6 was added nanoclay 
more than 2 weight %, the bending modulus and 

strength were 15% and 30% larger than those of the 
net PA6 under room temperature. The bending 
modulus and strength of PA6 added 3 weight % of  
the nanoclay were also about 50% and 30% larger 
than those of the net PA6 under 60 ℃.   

In addition, the measurement results of the content 
of the unreacted monomer and absorption water are 
listed in Table 2 and Table 3, respectively. The 
unreacted monomer content and the content of 
absorption water of the PA6 with the nanoclay were 
little increased according to the amount of the 
nanoclay. Since these values were less than 1 
weight %, the organic modified nanoclay is 
considered not to inhibit polymerization of ε-
Caprolactam. On the other hand, the degree of 
crystallinity of the PA6 with nanoclay was lower 
than the net PA6 (Table 4). However, the degree of 
crystallinity was reported approximately 23 % for 
the standard PA6 and was approximately 40% for 
the in-site PA6 polymerized under 140℃ [2].  
Therefore the addition of nanoclay did not affect the 
degree of crystallinity. 

  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Where, HT is Hydrogenated Tallow 
(~65% C18; ~30% C16; ~5% C14) 

Content

(by volume)

10% less than 50% less than 90% less than

Typical dry

particle size

2µm 6µm 13µm

200µm 

Fig.14 Observation of PA6 with nanoclay 2wt % 
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Fig.13 In-situ PA6 with nanoclay and net PA6 
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Fig.15 Results of DMA of PA6 with nanoclay 
compared with net PA6 (Storage modulus) 

Fig.17 Bending modulus of PA6 with clay and 
net PA6 

Fig.18 Bending strength of PA6 with clay and 
net PA6 

Fig.20 Stress strain curve under 60℃ 

Fig.19 Stress strain curve under RT Fig.16 Results of DMA of PA6 with nanoclay 
compared with net PA6 (Tangent delta)  
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Table 2 Content of unreactive monomer 

 

 

 

 

 

 

Table 3 Content of absorption water 

 

 

 

 

 

 

Table 4 Degree of crystallinity 

 

 

 

 

 

 

 

 

 

 

6 Conclusions 

The heat resistance properties of the HFRTP 
composed the in-situ polymerizable PA6 and the CF 
and the GF fabrics were reported. Although the 
bending modulus at the higher temperature was kept 
the almost same value under the room temperature, 
the bending strength decreased according to the 
increase of the testing temperatures. The fracture 
modes of the HFRTP under room temperature were 
a break of carbon fibers at the tension side following 
after a failure of carbon fiber at the compression side.  

In order to improve the heat resistance properties, 
organic modified nanoclay particles expected the 
improvement of the mechanical properties of 
polymers were added into the matrix. When the 
nanoclay particles of 1 to 3 weight % were added to 
the in-situ polymerizable PA6, the mechanical 
properties were improved with the nanoclay 
particles more than 2 weight %.    
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1 Introduction  

The marine area of Japan, including territorial 

waters and the exclusive economic zone, amounts to 

about 4,470,000 km
2
, which is the sixth largest in the 

world. Accordingly, seaplanes are increasingly 

attracting attention due to the demand for 

establishing new means of appropriate transportation 

other than ships which can efficiently utilize the vast 

Japanese marine resources. 

If routes necessary for takeoff and alighting of 

seaplanes can be secured, seaplanes could prove to 

be economical since they do not require the 

immense resources necessary for building airports, 

and it has also been pointed out that they could 

provide a solution to certain social problems, for 

example, by preventing environmental damage 

inflicted by land reclamation in coastal areas and 

providing a means for emergency transportation of 

goods to remote islands at times of disaster. 

However, the floats used in lightweight planes at 

present are made of metal or rubber, which are not 

ideal in terms of weight and resistance to corrosion. 

For this reason, we have started development of 

fiber-reinforced plastic (FRP) floats shown in Fig.1. 

In addition to an excellent strength-to-weight ratio 

and specific rigidity, FRP also exhibits high 

resistance to corrosion and impact, and therefore can 

serve as appropriate material for floats, which 

repeatedly come in contact and detach from the 

water surface during takeoff and alighting. In 

addition, further weight reduction and corrosion and 

impact resistance improvements can be achieved by 

using a core made of a porous material sandwiched 

between FRP surfaces, allowing for the development 

of highly efficient seaplane floats. 

In this study, we conducted alighting experiments 

and numerical simulations on the basis of the 

alighting positions specified in the Airworthiness 

Standards[1], and we compared the alighting 

behavior and vertical acceleration response of  

 

 

Fig.1 Lightweight seaplane with FRP floats 
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seaplane floats. Furthermore, we used strain gauges 

to measure the stress and its distribution generated in 

the floats by the impact force during alighting, and 

we examined the dynamic response and the impact 

force used in designing seaworthy FRP floats.  

The stress measurements in the current 

experiment are ongoing, and detailed results will be 

reported at the time of presenting this paper. 

The evaluated FRP floats were HY03 floats 

developed for seaplanes under a seaplane 

development project undertaken by the Japan 

Reinforced Plastics Society. 

 

2 Composition of Floats 

A sandwich structure consisting of a porous 

material at the core and glass FRP (GFRP; glass 

cloth/unsaturated polyester resin) at the surface was 

used for the FRP float structure. The shape and 

dimensions of the FRP floats (Table 1 and Fig.2) are 

shown together with the details about the structural 

materials[3][4]. 

 

Table 1 Dimensions of float 

Length 

[mm] 

Width 

[mm] 

Height 

[mm] 

Displacement 

[liter] 

4000 523 480 443 

 

(1) Core material: polystyrene 

(2) Surface material: glass cloth 

(i) Thickness of a single layer covering the entire 

unit: 0.25 mm 

(ii) Thickness of three layers at the keel: 0.75 mm (a 

total of four layers) 

(iii) Thickness of two layers at the upper surface: 0.5 

mm (a total of three layers) 

(3) Bulkhead plating: glass cloth 

GFRP plates consisting of 12 layers for 3mm 

thickness were installed 1500 mm, 2000 mm and 

2700 mm from the front. 

(4) Resin: Unsaturated polyester resin 

(5) Weight: a single float weighs 32 kg (including 

the parts for attaching supporting structures and 

brackets) 

 

3 Alighting Impact Experiment 

Alighting impact experiments were conducted by 

wide water tank with wave-maker at Ocean 

architecture laboratory in Department of Oceanic 

Architecture and Engineering of Nihon University 

shown in Fig.3. In the experiments, a lightweight 

seaplane equipped with FRP floats was dropped 

from a height of 1200 mm, and the impact exerted 

by the water surface on the floats for front, central 

and rear alighting was measured, as specified in the 

Airworthiness Standards. At this stage, the dynamic 

response of the FRP floats was also measured by 

accelerometers installed at two points on the upper 

surface of both floats. This measurement was used to 

verify the validity of the numerical results and the 

dynamic response for the still water are compare 

with those under the swell. Table 2 shows the 

condition of alighting experiment under the 

swell[5][6]. 

 

 
 

 
Fig.2 FRP Float model 

 

Table 2 Experiment condition under the swell 

 
 

Bulkhead Plate

Wave height[mm] Period [s] Wave length[m]

Experiment 67 2.3 6

Seashore 10～5000 1～30 10～200
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Fig.3 One-directional wave-maker 

 

 
 

 
Fig.4 Experimental equipment 

 

4 Experimental Results  

In this experiment, we used the lightweight 

seaplane model shown in Fig.4 (total weight: 168.3 

kg). And, although the angle during alighting is 

generally considered to be 5°~7°, taking into 

consideration the possibility for alighting in rough 

water, the alighting angle in this case was set to 10° 

forward and 10° backward shown in Fig.5. 

Furthermore, in the alighting impact experiments, 

since the speed in the direction of motion cannot be 

simulated, the sinking speed and the speed in the 

direction of motion were combined. In the free fall 

speed (1.2Vs･sin(θ)+Vd･cos(θ)) corresponding to 

the speed of impact with the water surface, the speed 

in the direction of motion Vs was set to 65 km/h 

(=17.7 m/s) as defined by the Ministry of Land, 

Infrastructure, Transport and Tourism. Lastly, since 

the sinking speed Vd is commonly taken as 2~4 ft/s 

(=1.22~2.44 m/s) for civilian aircrafts, the 

experiments were conducted by setting the value of   
 

 
(a) Central alighting 

 
(b) Front alighting 

 
(c) Rear alighting 

Fig.5 Water landing positions 
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Vd to 4 ft/s. As the results of this calculation, the 

alighting impact test was carried out by landing 

distance 1.2 m. 

Table 3 presents the measurement results for the 

maximum vertical acceleration obtained at the 

impact of the floats during water landing for still 

water. 

Fig.6 shows the time history of float acceleration 

and strain for the still water and swell conditions. 

For still water, maximum acceleration and the strain 

is measured at the same time and larger than those 

for swell condition. Maximum strain under the swell 

was about half in the case of the still water. 

The measured strain under the swell was never be 

greater than maximum strain for still water with the 

change of the top of swell is shown in Fig.7. 

 

Table 3 Maximum vertical acceleration 

 Left float Right float 

Central alighting [G] 13.67 12.27 

Front alighting [G] 13.31 12.30 

Rear alighting [G] 12.34 13.35 

 

 
Fig.6 Dynamic response of alighting acceleration 

and strain of the float for still water and the swell 

 

5 Numerical Analysis 

In the analytical model, the floats, supporting 

parts, weights, alighting areas and boundary walls 

were created in CAD (CATIA-V5) and divided into 

elements with a mesher (HyperMesh 10.0). The 

analytical model in Fig.8 was constructed by 

applying smoothed particle hydrodynamics (SPH), 

which is one of the options in the dynamic explicit 

finite element method solver PAM-CRASH, to the 

alighting areas and regarding the water continuum as 

a collection of particles.  

 

 
Fig.7 Maximum strain of the alighting experiment 

for still water and various swell conditions 

 

 
Fig.8 Analytical model 

 

Next, the material properties used in the analytical 

model are shown in Table 4. The numerical analysis 

was conducted by using elastic shell elements for the 

GFRP of the floats, elastoplastic solid elements for 

the porous polystyrene core material and rigid shell 

elements for the boundary walls, the attachment 

structures of the floats and the weights. 

 

Table 4 Material properties 

 GFRP 
Polystyrene 

foam 
Mount Weight 

E [GPa] 43 0.025 207 207 

Poisson 

ratio 
0.28 0.3 0.3 0.3 

ρ×10
-6 

[kg/mm
3
] 

1.70 0.012 3.95 2.00 
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Furthermore, the analysis conditions were set as 

follows by considering the alighting impact 

experiment. 

(1) The state immediately before alighting when the 

floats were dropped was modeled, assigning a free 

fall speed of -4.44 m/s. 

(2) The combined weight of the weights and the 

structure equipped with floats (32 kg×2) was set to 

232.3 kg. 

(3) In SPH, the five surfaces other than the ones 

involved in the alighting were surrounded with rigid 

walls in the form of shell elements, thus restricting 

the overall degrees of freedom. 

(4) For understanding the behavior of the floats 

during alighting, nodes were set at roughly the same 

locations as during the experiment. 

(5) Dynamic transient response analysis was 

conducted for 150 ms with a time step of 0.04 ms. 

 

6 Comparisons of Experimental and Analytical 

Results  

The alighting behavior in the experiment and the 

analysis can be seen in Fig.9, and Fig.10 shows the 

time history response curve of the vertical 

acceleration at the moment of alighting of the floats. 

The vertical acceleration standards recommended by 

SAE were referred to in both the analytical and the 

experimental results, and in this case we used 

CFC60 (equivalent to -40 dB/oct cutoff 100 Hz). 

We found that the maximum vertical response 

acceleration was 13.31G in the experiment and 

16.21G in the analysis, thus showing a slight 

difference, but the time history responses for the 

acceleration were in close agreement[2]. 

Furthermore, we confirmed that the trends observed 

during front and rear alighting were the same as 

those presented above.  

Next, Fig.11 shows the results of numerical analysis 

of the initiation stress in the case of rear alighting, 

where the response acceleration of the FRP floats 

was high. Fig.11(a) shows the abovementioned 

stress distribution in lengthwise direction of the 

floats as obtained in the analytical model, and 

Fig.11(b) shows the stress distribution in crosswise 

direction. The maximum stress was generated in the 

vicinity of joint elements connecting the rear parts of 

the floats with the body of the aircraft as well as in 

the vicinity of the bulkhead at the base, and the 

computational results showed high tensile stress at 

the base and high compressive stress at the upper 

surface of the floats during alighting. Considering 

this stress distribution, strain measurements in the 

alighting impact experiment were taken at seven 

locations at the joints where the floats are connected 

to the aircraft body and in the vicinity of the 

bulkhead, and the response strain was measured in 

an alighting impact experiment.  

 

 
(a) Experiment 

 
(b) Analysis 

Fig.9 Alighting behavior 

 

 
Fig.10 Acceleration in central alighting (left float) 
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(a) Lengthwise stress distribution of the float 

 

 

 

 
(b) Crosswise stress distribution of the float 

 

Fig.11 Stress distribution by the numerical results 

 

Figure 12 shows the time history response for the 

measured strain for each part of the FRP float in the 

alighting impact experiment. Fig.12(a) shows the 

dynamic response of the strain in lengthwise 

direction in the vicinity of the bulkhead at the lower 

rear part of the FRP float, and the maximum value of 

the generated strain at R6, which was close to the 

location where the maximum stress was generated in 

the numerical analysis, was measured to be around 

±1000×10
-6

ε. Furthermore, Fig.12(b) shows the time 

history response in the vicinity of the joints 

connecting the upper surface of the FRP floats and 

the aircraft body, and, similarly to the numerical 

analysis results, the maximum value was higher than 

-1000×10
-6

ε on the compressive side. Since we 

measured the triaxial strain at the upper surface of 

the floats, the maximum principal stress is calculated 

from the measurement results, yielding a value of 

Longitudinal 
direction

longitudinal stress distribution of the FRP float

Area of stress concentration Loaded by Splashdown impact

Bottom of float
Partition wall

Tension stress

Junction with the aircraft

Compression stress

Upper surface of float

Loaded by Splashdown impact Area of stress concentration 

Width direction

width stress distribution of the FRP float

Bottom of float
Partition wall

Tension stress

Upper surface of float

Junction with the aircraft

Compression stress
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42.1MPa in the compression direction. This 

maximum value of the principal stress is rather small 

in comparison to the allowable stress of 270 MPa for 

GFRP, and it is considered to possess sufficient 

durability with respect to repeated alighting. 

 

 

 
 

 
(a) Experimental strain in lengthwise direction of the 

base of the FRP float in the alighting impact 

experiment 
 

  

 

 
(b) Experimental strain around the upper surface 

connection with the aircraft body in the alighting 

impact experiment 

 

Fig.12 Measured dynamic response strain of FRP 

float 

 

CONCLUSION 

 

(1) In order to develop highly impact-resistant GFRP 

floats for seaplanes, we conducted numerical 

simulations and alighting impact experiments and 

elucidated the dynamic response characteristics and 

the locations of stress concentration in FRP floats 

during alighting. 

(2) As a result of performing both numerical 

analysis and alighting impact experiments to 

examine the response acceleration generated when 

FRP floats with a sandwich structure impact the 

water surface, the results of the numerical analysis 

and those of the alighting impact experiments were 

found to be in close agreement, thus confirming the 

validity of the numerical analysis. 

(3) The maximum value and the locations where 

dynamic response strain was generated in the FRP 

floats in each alighting position (front, central and 

rear) were examined by numerical analysis, and the 

validity of computational results was verified 

through an alighting impact experiment. 

(4) Stress generated in the GFRP floats used in this 

experiment is sufficiently low in comparison to the 

allowable stress of FRP, and we confirmed the 

durability of the structure with respect to alighting 

impact.  

In future work, we plan to investigate the 

appropriate shape for FRP floats for both alighting 

impact and takeoff performance. Furthermore, the 
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resistance of FRP floats against wave impacts will 

be examined by conducting alighting impact 

experiments in the presence of waves. 
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1. Introduction  

Carbon fiber reinforced C-SiC based composites 

(C/C-SiC) are potential materials for the application 

of high-performance structures. Among many 

fabrication techniques for C/C-SiC composites, the 

liquid silicon infiltration (LSI) process is an 

attractive one because of its near-net shaping 

technique and good performance/cost benefits [1-4]. 

The manufacturing of C/C-SiC composites via 

the LSI process consists of three steps: (i) 

manufacturing of carbon fiber reinforced plastic 

(CFRP) green body; (ii) obtaining of porous C/C 

preform by converting polymer matrix into carbon at 

temperatures above 900 ºC (carbonization step); (iii) 

fabrication of C/C-SiC composite through the liquid 

silicon infiltration into the C/C preform to form SiC 

matrix (siliconization step). At the different steps, 

the material shows a very different morphology. 

Especially, at the carbonization step, the shrinkage 

of the resin matrix caused by the evolution of 

gaseous products exhibiting a volume reduction of 

more than 50% is hindered by the stiff fiber. This 

leads to an extensive formation of network of both 

pores and cracks in the carbon matrix. During the 

siliconization step, the pores and cracks essentially 

act as the channel for the liquid silicon climbing into 

the inner parts being reacted with the carbon matrix 

or fiber to form the silicon carbide. Eventually, the 

matrix of C/C-SiC composites fabricated in such 

way includes amorphous carbon, silicon carbide and 

a small amount of residual silicon [2].  

Based on the fabrication process described above, 

it is clear that the microstructure featured by the 

cracks/pores formed during the carbonization step 

has a significant effect on the phase composition of 

matrix and the properties of C/C-SiC composites. In 

general case, there are three different types of cracks 

has been observed in the C/C preform, namely, 

transverse cracks which run through the fiber roving 

and divide it into three to five C/C segments, partial 

de-lamination cracks which normally occur at the 

interface between warp and weft fiber fabrics and 

the micro de-bonding cracks which appear at the 

fiber/matrix interface [5-6].  

The mechanism for the formation of these cracks 

could be attributed to the interaction of fiber and 

matrix. Such interaction was caused by the stress 

generation due to the shrinkage of polymer matrix 

and hindering of stiff carbon fiber at the 

carbonization step. Obvious shrinkage normally 

occurred at temperature above 500ºC. The shrinkage 

of matrix would result in a tension stress in the 

matrix, and such tensile stress increases with rising 

the temperature. Under the tension stress, the site of 

the crack initiation is quite dependent on the 

interaction of fiber and matrix, where the 

fiber/matrix interface served as a medium. When the 

fiber/matrix bonding strength is larger than that of 

the matrix, the first cracks would initiate at the 

weakest site of matrix. Otherwise, the first crack 

would initiate at the interface of fiber and matrix 

being relaxed the tension stress. From which it could 

be seen that the formation and development of 

cracks are very sensitive to the fiber-matrix bonding 

strength [3,7]. This conclusion has also described in 

our previous work [8].  

    At the same time, it is well known that the surface 

activity of carbon fiber plays an important role on 

the fiber-matrix bonding strength [7-9]. The heat 

treatment of carbon fiber in inter gas atmosphere can 

reduce the fibers’ surface activity. In other words, 

the change of fiber’s surface activity can lead to a 

varied microstructure features of C/C preform, and 
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finally affect the phase composition and mechanical 

properties of C/C-SiC composites.  

Therefore, in the current work, the carbon fibers 

were heat treated at elevated temperatures to 

investigate how the fiber treatment affecting the 

interlaminar shear strength (ILSS) of C/C-SiC 

composites by means of the double-notched shear 

(DNS) test. Furthermore, in order to clarify the 

mechanism for the change of ILSS: the surface 

activity of carbon fiber after treatment was analyzed 

by the X-ray Photoelectron spectroscopy (XPS) 

measurement; the phase composition was identified 

by X-ray diffraction (XRD) analysis; the surface 

morphologies before and after shear test were 

observed by optical microscope and scanning 

electron microscope (SEM), respectively. 

 

2. Experimental procedure 

2.1 Materials fabrication 

Fig.1 shows the flow chart for the fabrication of 

C/C-SiC composites via LSI. Carbon fibers were 

heat treated in a graphitization furnace at 

temperatures ranging from 600 ºC to 1500 ºC in 

nitrogen atmosphere. Both the un-treated and treated 

carbon fibers were used as the reinforcement to 

fabricate the CFRP green body by resin transfer 

molding technique.  

 

 
Fig. 1. The flow chart for the fabrication of C/C-SiC 

composites via liquid silicon infiltration (LSI) process. 

 

Meanwhile, the surface composition of carbon 

fibers after treatment was measured by XPS, using a 

spectrometer employing monochromatic and 

focused Al Kα radiation.  

Fig. 2 shows the image for the fabricated CFRP 

plates which are reinforced by the 2D carbon fiber 

fabrics treated at different temperatures. 

 

 
Fig. 2. The image for the fabricated 2D CFRP plates 

reinforced with fibers treated at different temperatures 

 

To obtain the C/C perform, the carbonization 

process was conducted in a graphitization furnace at 

temperatures above 1200 ºC under vacuum. In order 

to remain the structure integrity of C/C perform 

during the carbonization, the heating rate should be 

low. Normally, it should be lower than 2 ºC/min.    

Fig. 3 shows the image for the C/C preform 

reinforced by carbon fibers treated at different 

temperatures. On a macro-scale level, in comparison 

to the CFRP green body, the obtained C/C preform 

has a clear volume shrinkage, and many cracks are 

visible in the carbon matrix. On micro-scale level, 

such C/C preform shows a cracked or porous 

structure. The details will be presented and 

discussed latter. 

 

 
Fig. 3. The image for the C/C perform obtained by 

pyrolysis of the CFRP at temperature above 1200 ºC 

 

Siliconization was carried out by putting the C/C 

preform in a graphite crucible and embedding with 

the silicon powder at temperature above 1500 ºC 

Compounding
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under vacuum condition. Fig. 4 shows the image of 

fabricated C/C-SiC specimens reinforced with 

different carbon fibers. For some specimens, there 

are some solidified silicon drops sitting on the 

surface. 

 
Fig. 4. The image for the C/C-SiC composites reinforced 

with fibers treated at different temperatures. 

 

2.2 Measurement of interlaminar shear strength 

The measurement of interlaminar shear strength 

was conducted on an Instron Universal Testing 

Machine (Model: 3345) by using the DNS test. The 

gauge length (the distance between two notches) of 

double-notched shear specimen is 6 mm. Fig. 5 

shows the configuration, loading mode and 

geometric structure for the DNS test schematically.  

 

 
Fig. 5. The geometric structure and jig configuration of 

DNS test. 

 

The shape and dimension of the specimens were 

based on the testing standard C1425-05. The cross-

head speed and test temperature were 0.5 mm/min 

and 20 ºC, respectively. For each condition, at least 

five specimens were tested. To calculate the 

interlaminar shear strength, ILSS, the following Eq. 

(1) was used:     

 

ILSS=P/(w﹒h) （1） 

 

where P is the maximum load (N), w is the specimen 

width (mm) and h is the distance between the 

notches (mm).  

 

2.3 Observation of surface morphologies and 

fracture surface 

For observing the surface morphologies, the 

samples were mounted in the resin for grinding and 

polishing. The mounted samples are initially ground 

by silicon carbide of grit size 300, 400 and 600, 

1200 um, followed by alcoholic cleaning after each 

SiC grinding, then these were polished with a 

diamond paste up to 1 μm. After the sample is fine 

polished, it is dried to obtain scratch free 

morphology under optical microscope and scanning 

electron microscope.  

 

3. Result and discussion 

3.1 Surface composition of carbon fiber 

Table 1 presents the surface composition of 

carbon fibers after heat treatment at different 

temperatures obtained by the XPS analysis. 

As can be seen from table 1, the oxygen 

concentration on the surface of carbon fiber 

decreased with increasing the treatment temperature, 

but the carbon concentration increased with 

increasing the treatment temperature. The oxygen 

concentration is about 17.97% for un-treated fiber 

and 1.97% for 1500 °C heat treated fibers, 

respectively. The carbon concentration on the 

surface of fibers is 80.99% for un-treated fiber and 

96.19 % for 1500 °C heated fiber, respectively.  

 
Table1. The surface composition of carbon fibers treated 

at different temperatures. 

Fiber Atomic% 

C(1s) O(1s) N(1s) Si(2p) 

Un-treated fiber 80.99 17.79 0.48 0.32 

Treated at 900℃ 94.04 3.65 1.91 0.2 

Treated at1500℃ 96.19 1.97 0.78 0.31 
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It has been known that the oxygen-containing 

function groups play an import role on the 

fiber/matrix bonding [9]. Thus, the atomic ratio of 

O(1s)/C(1s) was calculated by using the data in table 

1. The O/C atomic ratios is the highest for the un-

treated fibers which is 21.97%, while fibers treated 

at 1500 °C show the smallest O (1s)/C (1s) ratio 

with a value of 2.05%, from which it can be seen 

that the O/C ratio decreases with increasing the 

treatment temperature, Consequently, the activity of 

carbon fiber’s surface decreased with increasing the 

heat treatment temperature. In our previous work, 

the fiber/matrix bonding strength at the CFRP step 

has been measured [8]. Result found that the CFRP 

reinforced with un-treated fiber has a much higher 

fiber/matrix bonding strength than that of 1500 °C 

treated fiber-reinforced one. The fiber/matrix 

bonding strength has a strong influence on the 

microstructure evolution of CFRP during the 

carbonization step as described in section 3.3. 

 

3.2 Morphologies of CFRP 

Fig. 6 shows the morphologies of 2D carbon 

fiber fabrics reinforced CFRP observed by optical 

microscope.  

 

 
Fig. 6. The morphologies of CFRP: (a) reinforced with 

un-treated carbon fibers; (b) reinforced with 1500 ºC 

treated carbon fibers.  

It is clear that the carbon fibers are uniformly 

embedded in the phenolic resin matrix in both un-

treated and 1500 ºC treated fiber fabrics reinforced 

plates. Almost no cracks were observed in the un-

treated fiber fabrics reinforced laminate as shown in 

Fig. 6(a). In contrast, some tiny cracks caused by 

fiber-matrix interface de-bonding, appeared in the 

plates reinforced with fiber fabrics treated at 

temperature of 1500 ºC as shown in Fig. 6(b). Such 

de-bonding cracks might be formed during the 

cooling down from post-curing temperature, and 

could be attributed to the weak fiber/matrix interface 

bonding caused by fiber treatment.  

 

3.3 Morphologies of C/C preform 

The C/C preform was obtained by the 

carbonization of CFRP green body above 1200 ºC. 

Due to the CFRP green bodies were reinforced with 

fibers treated at different temperatures, thus, the 

carbonization of different CFRP can obtain the C/C 

preform with variable microstructure features.  

Fig. 7 shows the morphologies for the un-treated 

and 1500 °C treated fibers reinforced C/C preform. 

A clear difference could be observed. 

 

 
Fig. 7. The morphologies of C/C perform: (a) reinforced 

with un-treated carbon fibers; (b) reinforced with 1500 

ºC treated carbon fibers.  
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    For the C/C preform reinforced with the un-

treated fibers, the fiber/matrix bonding strength is 

high resulting a strong interaction of fiber and 

matrix. In this case, the main crack types are 

transverse cracks and micro-delamination cracks as 

shown in Fig. 7(a). For the C/C preform reinforced 

with 1500 °C treated fibers, as a result of weak 

interaction of fiber and matrix, the main crake type 

is micro-cracks caused by fiber-matrix de-bonding 

as shown in Fig. 7(b). Because the small crack size, 

it shows a porous structure. 

The mechanism for different morphologies can 

be well illustrated in Fig. 8.  

 

 
Fig. 8. The schematic illustration of the microstructure 

evolution during the carbonization step.  

 

Based on the TG data, it has been known that the 

obvious carbonization of resin matrix starts at 

temperature above 500 ºC [8]. Thus, when the 

pyrolysis temperature exceeds 500 ºC, the 

significant shrinkage of resin matrix occurred being 

gradually converted to a gassy carbon.  In 

comparison to the converting matrix, the carbon 

fiber has a very low coefficient of thermal expansion 

along the fiber axis [10]. In this case, the shrinkage 

of matrix would be hindered by the stiff carbon fiber, 

resulting in a tensile stress in the matrix. Based on 

the definition of fiber bundle and the analysis of 

stress state in Fig. 8, we can see that the 90º fiber 

bundle is in tension state, but in compression state 

for 0º fiber bundle.  

Once the tensile stress exceeds the matrix 

strength or fiber/matrix bonding strength locally, the 

cracks would be initiated at the weakest site of 

matrix or interface of fiber/matrix. Therefore, the 

type of cracks is dependent on the comparison 

between matrix strength and fiber/matrix bonding 

strength. For the un-treated fiber reinforced 

composite, due to a high fiber/matrix bonding 

strength, firstly the tensile stress would exceed the 

tensile strength of the resin matrix, transverse cracks 

and micro-delamination cracks are preferentially 

formed in the 90˚ fiber-matrix region or at the 

interface between 0˚ and 90˚ fiber layer. Meanwhile,  

the 90 º fiber-matrix regions were separated into 

some individual C/C segments being accompanied 

with micro-delamination cracks as shown in Fig. 

7(a). In contrast, the composite reinforced with 1500 

ºC treated fibers, the fiber/matrix bonding strength is 

low, and the tensile stress would result in the micro-

debonding cracks. Such micro-debonding cracks are 

mainly appeared at the interface between fiber and 

matrix leading to porous structure as shown in Fig. 

7(b). 

 

3.4 Morphologies of C/C-SiC composites 

The C/C-SiC composites were fabricated by 

infiltrating the liquid silicon into the C/C preform at 

temperature beyond 1450 ºC. Fig. 9 shows the 

morphologies of C/C-SiC composite manufactured 

by the technique presented in Fig.1. It is obvious that 

the liquid silicon enters the C/C preform through the 

micro-cracks/pores formed during the carbonization 

step of CFRP, being reacted with the adjacent C 

phase to form the SiC matrix.  
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Fig. 9 Optical microscope observation of surface 

morphologies of C/C-SiC composites, (a): reinforced with 

un-treated fibers; (b): reinforced with 1500℃ treated 

fibers. 

 

In Fig. 9, the regions with different colours 

represent the different matrix composition. The dark 

phase is carbon matrix/fiber; the gray phase is the 

SiC matrix and the white is the residual Si. However, 

the morphologies for the C/C-SiC composites 

reinforced with fibers treated at different 

temperatures are quite different. For the un-treated 

fiber reinforced composite as shown in Fig. 9(a), the 

distribution zone of SiC matrix is regular and mainly 

in the stripe-like transverse regions, which separated 

the 90° fiber bundle into some C/C segments. As for 

the composite reinforced with fibers treated at 1500 

ºC, the carbon fibers were surrounded by the SiC 

matrix as shown in Fig. 9(b). In other words, the 

distribution zone of SiC in C/C-SiC composite is 

very similar to the crack pattern as observed in Fig. 

7.  

The phase composition was further confirmed by 

the XRD analysis. Fig. 10 shows the XRD 

diffraction patterns for the composites reinforced 

with fibers treated at different temperatures.  
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Fig. 10. XRD patterns of C/C-SiC composites 

 

The consisting phases in un-treated fiber-

reinforced C/C-SiC composites mainly included 

carbon and SiC. The carbon peak should be 

produced by the carbon fiber. The SiC was formed 

by the reaction of infiltrated liquid silicon with the 

carbon matrix and fiber. And also, a silicon peak was 

also found. As for the 1500 ºC treated fiber-

reinforced C/C-SiC composite, the intensity of SiC 

peak is much higher than that of un-treated fiber-

reinforced one, and there is almost no residual 

silicon existing.  

From the analysis of crack type in C/C preform 

and phase composition in C/C-SiC composites, it 

can be concluded that the crack type is a dominant 

factor not only for the distribution and volume 

fraction of SiC phase, but also for the consisting 

phase in final product of C/C-SiC composite.  

Based on the reaction mechanism governing the 

siliconization of porous C/C preform in the 

literatures [11-13], it was inferred that the initial 

formation of SiC layer was very fast and the formed 

SiC precipitated on the wall of channel being acted 

as the barrier for the further contact of silicon and 

carbon. Therefore, the subsequent growth of SiC 

layer is controlled by diffusion of silicon through the 

SiC layer. Meanwhile, the capillary radius would 

decrease with increasing the infiltration time. The 

crack width in the un-treated fiber-reinforced C/C 

perform is large as shown in Fig. 7(a). The liquid 

silicon climbing into such cracks by capillary force 

has a large volume fraction. When the first SiC layer 

is formed on the wall, the reaction rate of silicon 

located at the center of cracks with carbon was low 

and mainly controlled by the diffusion. That would 

result in the existence of residual silicon. The C/C 

preform reinforced with 1500 ºC treated fibers 

shows a porous microstructure and the crack/pore 

size is small as shown in Fig. 7(b). The volume 

fraction of infiltrated silicon in each crack or pore is 

small and could completely contact with the fresh 

carbon to form the SiC. Because the volume fraction 

of crack/pore is high in 1500 ºC treated fiber-

reinforced C/C perform, finally, the SiC content in 

the matrix is also high and the quantity of residual 

silicon is very limited as shown in Fig. 10.  

 

3.5 ILSS of C/C-SiC composites 

Fig. 11 shows the macroscopic image of C/C-

SiC composites before and after DNS tests under the 

compressive loading. The image indicates that the 

interlaminar shear failure occurred along the desired 

plane which is perpendicular to the two notch tips. 

The shear fractured surface is parallel to the loading 

direction. For the successfully tested specimens, 

they failed in the similar way. By using the ultimate 

load recorded in the load-displacement curves and 

the Eq. (1), the ILSS can be determined as shown in 

Fig. 12.  
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Fig. 12 shows the interlaminar shear strength 

(ILSS) of 2D C/C-SiC composites as a function of 

heat treatment temperature. It is clear that the ILSS 

increased with increasing the heat treatment 

temperature. The ILSS for the un-treated fiber 

reinforced composite is about 22.8 Mpa. After heat 

treatment at 1500 ºC, the ILSS reaches to 34 Mpa, 

which increased by 33% in comparison to that of the 

un-treated one. For understanding the mechanism of 

improved ILSS, the morphologies of interlaminar 

shear fractured surface were observed by SEM. 

 

 
Fig. 11. The microscopic image for the DNS specimens 

before and after test.  

 

 
Fig. 12. The interlaminar shear strength as a function of 

heat treatment temperature.  

 

Fig.13 shows the fractured surface morphologies 

of C/C-SiC composites reinforced with 1500 ºC 

treated fibers. The main features of specimens 

reinforced with fibers treated at other temperatures 

are similar to those in Fig. 13 (a). 

Under the compressive loading, the shear stress 

would be concentrated in the sharp locations of inner 

defects and the notch tips. The cracks would be 

firstly initiated at such locations and then propagated 

in the matrix or along the fiber/matrix interface [17]. 

From the Fig. 13(a), it can be seen that the 

fracture surface mainly consists of three distinct 

zones (defined as zone A, B and C). The details for 

each zone are shown in Fig. 13(b)-(d) which are 

corresponding to the zone A, B and C.  

 

 

Fig. 13. Morphologies of shear fractured surface for the 

2D C/C-SiC reinforced with 1500℃ heat treated fibers. 

 

However, the relative area of three different zone 

in C/C-SiC composite reinforced with fibers treated 

at different temperature is different. The fractured 

matrix occupied relative larger area. The difference 

in the fractured surface among composites 

reinforced with fibers treated at different 

temperature could be associated with the volume 

fraction of SiC phase and its distribution as well as 

the change of fiber/matrix bonding strength.  

The ILSS was mainly determined by the matrix 

strength and fiber/matrix bonding strength. The large 

volume fraction of SiC phase and its homogeneous 

distribution could increase the matrix strength and 

fiber/matrix bonding strength, consequently, 

improving the structure integrity and reducing the 

stress concentration. Under the interlaminar shear 

loading, the generated cracks could change their 

propagation direction when they meet the interface. 

As a result, ILSS increases with increasing fiber 
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treatment temperature. The improved fiber/matrix 

bonding strength means that the cracks had larger 

opportunity to propagate in the matrix rather than 

along the interface. Therefore, the fractured matrix 

occupied relative larger area in the fractured surface 

for the composites reinforced with fibers treated at a 

higher temperature. The deflection of the crack can 

be seen in Fig. 13(b). Fig. 13(c) shows the transition 

zone from the cracked matrix zone to fiber/matrix 

de-bonding zone. When the crack propagated from 

the matrix to the fiber/matrix interface, some of 

fibers broke by shear loading when the orientation of 

spreading fiber was not parallel to the crack 

propagation direction. The fiber breaking is mainly 

caused by the strong fiber/matrix bonding as shown 

in Fig. 13(d). 

 

4 Summary 

C/C-SiC composites by liquid silicon infiltration 

(LSI) process are potential materials for the 

applications of high temperature technologies. 

However, the microstructure and phase composition 

of C/C-SiC composites are closely associated with 

the microstructure features of C/C perform produced 

at the intermediate step, which are mainly controlled 

by the fiber/matrix bonding strength at the CFRP 

step. In the current work, in order to fabricate the 

C/C-SiC composites with varied microstructure and 

morphologies, the fiber/matrix bonding strength at 

the CFRP step was modified by the heat treatment of 

carbon fiber. The main results are summarized as 

follows: 

(1) The heat treatment of carbon fiber could 

effectively change the consisting phases and their 

distribution in the matrix of C/C-SiC composites. 

The morphologies for the C/C-SiC composites 

reinforced with fibers treated at different 

temperatures are quite different. For the composite 

reinforced with fibers treated at 1500 ºC, a high 

volume fraction and homogeneous distribution of 

SiC phase were obtained. And the content of 

residual silicon was minimized.  

(2)  The ILSS for the un-treated fiber reinforced 

composite is about 22.8 Mpa. After heat treatment at 

1500℃, the ILSS reaches to 34 Mpa, which 

increased by 33% in comparison to that of the un-

treated one. Combing the ILSS result with the 

microstructure analysis, it can be concluded that the 

high ILLS after heat treatment of carbon fiber could 

be attributed to a more homogeneous distribution of 

SiC phase and a strong fiber/matrix bonding. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Fiber reinforced plastics (FRP) have been used in 

various fields of structures due to their distinct 

advantages, namely their light weight, high specific 

stiffness, high specific strength and so on. 

Thermosetting resin, a type of matrix of the FRP, 

changes into permanent cross-linked polymeric 

structures while it hardens, so that it cannot be re-

melted even by heating, and then it is hard to be 

recycled or reused.  

On the other hand, fiber reinforced thermoplastics 

(FRTP) use a matrix of non cross-linked, straight-

chain polymers, and are possible to be re-melted and 

re-molded by heating. This means that they can be 

easily recycled and reused. Since materials reducing 

environmental burdens have been required in the 

case of the application for automobiles, the FRTP as 

automobile structural parts must be better than 

metallic materials with respect to the specific 

strength and stiffness. In order to obtain the higher 

strength of the FRTP, they must be developed by 

using continuous or longer fibers and by increasing 

the fiber volume content. However, such FRTP 

cannot be easily fabricated. The thermoplastic resin 

as the matrix of the FRTP is composed of high 

polymers having the property of higher viscous even 

at a higher temperature than their melting points. As 

a result, the fabrication of the FRTP needs a higher 

temperature, a higher pressure and a longer process 

time to allow the matrix to bond with the fibers, 

unlike the FRP which are easily fabricated due to the 

use of lower viscous liquid resin as the matrix. Many 

researchers have studied to overcome these points 

and some papers
1-7)

 are listed in the references. 

The authors of   this paper have developed the FRTP 

containing a larger amount of continuous fibers by 

using the in-situ polymerizable polyamide 6
8-11)

. 

This in-situ polymerizable polyamide 6 was 

obtained by using anionic ring-opening 

polymerization of ɛ-caprolactam. The FRTP 

fabricated with a VaRTM had no voids and unfilled 

resin parts because the ε-caprolactam had very low 

viscosity before polymerization. The FRTP not only 

exhibited superior bending properties, but also were 

suitable for high-speed molding because they could 

be released from the mold without a cooling process. 

Furthermore, in order to apply the FRTP for the 

wider area, the carbon/glass hybrid FRTP using the 

in-situ polymerizable polyamide 6 was fabricated 

(referred as HFRTP hereinafter), and the bending 

tests were carried out. As a result, the experimental 

results of the bending strength and modulus for the 

HFRTP approximately agreed with the values 

obtained by the rule of mixture
12)

.  

In this paper, by using the same VaRTM, the 

fabrication method of the hybrid FRP (referred as 

HFRP hereinafter) was demonstrated. The HFRP 

was composed of the glass and carbon fabrics as the 

reinforcement and the first curable epoxy resin as 

the matrix was fabricated. The bending properties 

and Izod impact strength of HFRP were compared 

with those of the HFRTP.  

 

2 Fabrication 

2.1 Matrix and reinforcement 

The matrix of the HFRTP was obtained by using the 

anionic ring opening polymerizing a monomer of ɛ-

caprolactam with a sodium salt of ɛ-caprolactam as 

a catalyst and hexa-methylene diisocyanate (HMDI) 

as an activator. Its viscosity is very low, and the 

value is approximately 3 mPa·s at 110℃. 
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The matrix of the HFRP was the first curable epoxy 

resin (HICE-11) from Nagase ChemteX Corporation.  

The viscosity is comparatively lower than the 

conventional epoxy resin used in CFRP, and the 

value is 750 mPa·s at 40℃, and 130 mPa·s at 60℃. 

The common reinforcements of the HFRTP and the 

HFRP were twilled fabrics of carbon fibers and plain 

woven textiles of glass fibers. The carbon fabrics 

have 12.5 tows / 25 mm in both directions of the 

warp and the weft, and their thickness was 0.22 mm. 

The thickness of the glass fabrics was 0.21 mm and 

the fabric density was 20 tows per 25 mm for both 

directions of the warp and the weft.  

 

2.2 Fabrication method 

The catalyst for anionic polymerization of ɛ-

caprolactam may lose its catalytic function due to 

the water in the air whereby polymerization may fail. 

Therefore, in order to fabricate the HFRTP plate, it 

may be necessary to use the sealed (air tight) 

molding methods that can control the water content 

in the metallic die. This study selected the VaRTM 

(vacuum assisted resin transfer molding) method in 

which only a simple vacuum pump was used as a 

resin infusion system for fabricating the HFRTP and 

the HFRP plates. 

Figure 1 shows a schematic view of the VaRTM 

system, and Figure 2 is the photograph of the 

VaRTM apparatus used in this study. After heating 

the metallic mold dies, the fabrics were placed on 

the lower die and the interior of the mold dies was 

decompressed by vacuum pump. In the fabrication 

of the HFRTP plate, the monomer solution of ɛ-

caprolactam was mixed with the catalyst and the 

activator at 110℃ and the mixed monomer solution 

was injected into the mold dies heated at 140℃. In 

the fabrication of the HFRP plate, a main agent 

heated at 50℃ was mixed with a curing agent, and it 

was injected into the mold dies heated at 80℃. The 

gel times of the in-situ polymerizable polyamide 6 

and the first curable epoxy resin were within 1 

minute and around 6 minutes, respectively.  

Figure 3 shows the fabrication process of the 

HFRTP and the HFRP plates, (a) the heated lower 

metallic die, (b) piling up the sheets of fabric on the 

lower die, (c) closing the lower die with the upper 

metallic die (sealed the mold), and (d) after 

installing the inlet and outlet tubes, the interior of 

metallic die was decompressed until the -90 kPa 

gauge pressure. Then the resin was injected into the 

mold by using a vacuum pump. Finally the HFRTP 

or the HFRP plates were removed from the mold 

without cooling after lifting the upper die.  

 

 

 

Figure 1 Schematic view of VaRTM. 

 

 

(a) Before fabrication. 

 

(b) During fabrication. 

Figure 2 Photographs of the VaRTM apparatus. 
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(a) Heated lower die. 

 

(b) Placing reinforcements.  

 

(c) Clamping with upper die. 

 

(d) Inlet and outlet tubes.  

Figure 3 Fabrication processes of the HFRTP and 

the HFRP plates. 

Figure 4 and Figure 5 show the fabricated plates of 

the HFRTP and the HFRP, respectively. The resin 

impregnated area of the HFRP plate (330 mm x 430 

mm) was smaller than that of the HFRTP plate (460 

mm x 570 mm). Since the viscosity of the first 

curable epoxy resin is higher than that of the in-situ 

polymerizable polyamide 6, the resin of the first 

curable epoxy resin could not reached to the wider 

area within the gel time.  

Figure 6 shows laminate sequence of the HFRTP 

and the HFRP plates. They consisted of 4 plies of 

the carbon fabrics in the upper and lower layers and 

10 plies of the glass fabrics in the middle layer.  

Their average fiber volume fractions were 42 %. The 

cross-sectional views of the HFRTP and the HFRP 

plates are shown in Figure 7. They had no voids and 

unfilled parts, and both plates showed good 

impregnation of fibers with their matrix.  

 

(a) Surface side (injection side). 

 

(b) Undersurface side. 

Figure 4 Fabrication results of the HFRTP plate. 

Inlet tube

Outlet tube

570 mm

4
6

0
 m

m

ICCM19 1608



 

(a) Surface side (injection side). 

 

(b) Undersurface side. 

Figure 5 Fabrication results of the HFRP plate. 

 

 

 

Figure 6 Thickness and laminate sequence of the 

fabricated HFRTP and HFRP plates. 

 

(a) HFRTP plate. 

 

(b) FRTP plate. 

Figure 7 Cross-sectional views of the HFRTP and 

the HFRP plates. 
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3 Three-point bending test 

In order to compare the bending properties of the 

HFRTP and the HFRP specimens, the three-point 

bending tests were carried out in accordance with 

JIS K 7017. The specimens had dimensions of the 

thickness h of 3 mm, a width b of 15 mm, a length l 

of 100 mm and span length L of 80 mm. The 

bending stress σb and bending strain εb were 

calculated by equation (1) and (2). 

   
   

    
 

     
   

  
 

In which F is the load, and S is the center deflection 

of the specimen. 

Table 1 and Table 2 show the bending test results of 

the HFRTP and the HFRP specimens. Five 

specimens were tested for both cases, and then the 

average values and the coefficient of variations 

(C.V.) were calculated. Even the average bending 

strength of the HFRTP specimens (594 MPa) were 

same as that of the HFRP specimens (597 MPa), the 

average failure strain of the HFRTP specimens 

(1.68 %) was larger than that of the HFRP 

specimens (1.57 %). This result means that the 

interlaminar strength of the HFRTP specimens 

between the CF and GF layers was higher than that 

of the HFRP specimens. Figure 8 shows the 

representative stress-stain curves. 

 

Table 1 Bending test results of the HFRTP specimens. 

 

 

 

 

 

 

 

Table 2 Bending test results of the HFRP specimens. 

 

 

Figure 8 Comparison between the HFRTP and the 

HFRP specimens on stress-strain curves. 

 

4 Izod impact test 

In order to compare impact properties of the HFRTP 

and the HFRP specimens, the Izod impact tests 

based on the JIS K 7110 were carried out. The Izod 

impact apparatus using in this study have impact 

maximum energy of 5.5 J. The specimen was 

subjected to an impact by hitting with a hammer to 

the vertical direction to the surface of the specimen 

(flat wise impact). The eight kinds of specimens 

(two resin plates (in-situ polymerizable polyamide 6 

and first curable epoxy), GFRTP, GFRP, CFRTP, 

CFRP, HFRTP and HFRP) were fabricated, and 

their fiber volume fractions were all 42 % except the 

two resin specimens. Figure 9 shows the specimen 

installed in the Izod impact apparatus.The specimens 

had dimensions of the thickness h of 3 mm, a width 

b of 10 mm, a length l of 80 mm. The impact energy 

En (J) was calculated from the hammer position after 

the impact, and the Izod impact strength a (kJ/m
2
) 

was calculated using En 

. 

Specimen number
Bending modulus

[GPa]

Bending strength

[MPa]

Failure strain

[%]

1 32.0 558 1.64

2 32.6 628 1.66

3 35.8 604 1.60

4 35.4 594 1.73

5 36.4 585 1.79

Average 34.4 594 1.68

C.V. 4.7% 3.5% 3.7%

Specimen number
Bending modulus

[GPa]

Bending strength

[MPa]

Failure strain

[%]

1 40.2 584 1.48

2 38.8 599 1.57

3 38.4 580 1.59

4 38.6 610 1.63

5 40.0 612 1.57

Average 39.2 597 1.57

C.V. 1.7% 2.0% 2.9%

0

100

200

300

400

500

600

700

800

0.0 0.5 1.0 1.5 2.0

S
tr

es
s 

(M
P

a)

Strain (%)

HFRTP

HFRP

(1) 

 

(2) 

ICCM19 1610



 

  
  
  
     

Table 3 shows the Izod impact test results of the in-

situ polymerizable polyamide 6 and the first curable 

epoxy resin specimens. The symbols of “C”, “H” 

and “NB” in the following tables mean failure 

modes of the specimens. The “C” is a complete 

fracture mode, the “H” is a hinge failure mode, and 

the “NB” is no breakage. Since the fracture 

toughness of the in-situ polymerizable polyamide 6 

is higher, their specimens were not fractured (Figure 

10). The average Izod impact strength of the first 

curable epoxy resin specimens was 5.62 kJ/m
2
, and 

they were the complete fracture mode as shown in 

Figure 11. 

Table 4 shows the Izod impact test results of the 

GFRTP and the GFRP specimens. The average Izod 

impact strength of the GFRTP specimen (59.0 

kJ/m
2
) was highest value in all specimens and its 

value was 4.8 % higher than that of the GFRP 

specimen (56.3 kJ/m
2
). The hinge failure mode was 

observed in both specimens as shown in Figure 12 

and Figure 13. 

Table 5 shows the Izod impact test results of the 

CFRTP and the CFRP specimens. The average Izod 

impact strength of the CFRTP specimen (36.4 kJ/m
2
) 

was 15.6 % higher than that of the CFRP specimen 

(31.5 kJ/m
2
). In the CFRP specimens, two failure 

modes (complete and hinge failure mode) were 

observed. On the other hand, only the hinge failure 

mode in the CFRTP specimens was observed 

(Figure 14 and Figure 15). 

Table 6 shows the Izod impact test results of the 

HFRTP and the HFRP specimens. The average Izod 

impact strength of the HFRTP specimen (56.5 

kJ/m
2
) was 8.0 % higher than that of the HFRP 

specimen (52.3 kJ/m
2
), and the hinge failure mode 

was observed in both specimens as shown in Figure 

16 and Figure 17. Even the four plies of the CF 

fabrics were used in the HFRTP specimen, the 

impact strength of the HFRTP specimen showed 

almost same values of the GFRP specimen. The 

experimental impact strengths of the HFRTP and the 

HFRP specimens were larger than the calculated 

values (52.4 and 49.0 kJ/m
2
) based on the Tables 4 

and 5 and the rule of mixture.  

 

 

Figure 9 Specimen installed in the Izod impact 

apparatus. 

 

Table 3 Izod impact test results of the in-situ 

polymerizable polyamide 6 and the first curable 

epoxy resin specimens. 

 

 

 

Figure 10 Specimen of the in-situ polymerizable 

polyamide 6 after the Izod impact test. 

10
3

Impact direction

Unit : mm

In-situ polymerizable PA6 First curable EP

1 NB 5.59　C

2 NB 5.70　C

3 NB 5.47　C

4 NB 5.87　C

5 NB 5.45　C

Average ― 5.62

C.V. ― 2.8%

Specimen number
Izod impact strength (kJ/m

2
)

Impact direction

(3) 
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Figure 11 Specimen of the first curable epoxy resin 

after the Izod impact test. 

 

Table 4 Izod impact test results of the GFRTP and 

the GFRP specimens. 

 

 

 

Figure 12 Specimen of the GFRTP after the Izod 

impact test. 

 

 

Figure 13 Specimen of the GFRP after the Izod 

impact test. 

Table 5 Izod impact test results of the CFRTP and 

the CFRP specimens. 

 

 

 

Figure 14 Specimen of the CFRTP after the Izod 

impact test. 

 

 

Figure 15 Specimen of the CFRP after the Izod 

impact test (hinge failure mode). 

 

Table 6 Izod impact test results of the HFRTP and 

the HFRP specimens. 

 

Impact direction

GFRTP GFRP

1 57.2　H 55.2　H

2 60.9　H 55.0　H

3 58.3　H 55.9　H

4 59.9　H 58.9　H

5 58.6　H 56.3　H

Average 59.0 56.3

C.V. 2.2% 2.5%

Specimen number
Izod impact strength (kJ/m

2
)

Impact direction

Impact direction

CFRTP CFRP

1 40.3　H 32.2　H

2 34.3　H 31.7　C

3 32.8　H 30.2　H

4 39.5　H 32.5　C

5 35.3　H 30.8　H

Average 36.4 31.5

C.V. 8.1% 2.8%

Specimen number
Izod impact strength (kJ/m

2
)

Impact direction

Impact direction

HFRTP HFRP

1 59.7　H 52.2　H

2 59.4　H 57.8　H

3 54.9　H 52.6　H

4 54.1　H 51.5　H

5 54.4　H 47.3　H

Average 56.5 52.3

C.V. 4.5% 6.4%

Specimen number
Izod impact strength (kJ/m

2
)
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Figure 16 Specimen of the HFRTP after the Izod 

impact test. 

 

 

Figure 17 Specimen of the HFRP after the Izod 

impact test. 

 

5 Conclusions 

In order to apply the FRTP for the wider area, 

carbon/glass hybrid fabrics were used as the 

reinforcement and the in-situ polymerizable 

polyamide 6 as the matrix. Furthermore, the HFRP 

specimens using first curable epoxy resin were 

fabricated, and their results of three-point bending 

test and Izod impact test were compared to those of 

the HFRTP specimens. The following items were 

obtained through this study. 

(1) The gel times of the in-situ polymerizable 

polyamide 6 and the first curable epoxy resin were 

within 1 minute and around 6 minutes, respectively.  

(2) The HFRTP using the in-situ polymerizable 

polyamide 6 not only were suitable for high-speed 

molding, but also exhibited higher bending and 

impact properties than the HFRP using the first 

curable epoxy resin. 

(3) The average bending strength of the HFRTP 

specimens were approximately same as those of the 

HFRP specimens. However, the average failure 

strain of the HFRTP specimens was larger than that 

of the HFRP specimens because the interlaminar 

strength of the HFRTP specimens between the CF 

and GF layers was higher than that of the HFRP 

specimens. 

(4) The average Izod impact strength of the HFRTP 

specimens was higher than that of the HFRP 

specimens. The experimental results of the HFRTP 

and the HFRP specimens were larger than the 

calculated values.  
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1 Introduction 

Assembling materials by adhesive bonding has 
several advantages compared to other joining 
methods such as the use of fasteners or welding. 
Fasteners require drilling holes in the parts to be 
joined and both fastening and welding require 
significant investment in machinery. For metals, 
welded joints also generally produce a mechanically 
weaker heat affected zone. Adhesive bonding also 
has significant advantages for polymer-matrix 
composites. Drilling through composites has the 
drawback of cutting load-bearing fibers with adverse 
effects of possible delamination and excessive tool 
wear. It may also be economically advantageous to 
bond several small parts to make a large structure 
instead of having it co-cured. However, for all 
materials, the use of adhesive bonding for load-
bearing structures is impeded by the absence of 
reliable nondestructive methods that can guarantee 
the strength of the joint, and in particular are able to 
very reliably identify the presence of near zero-
strength “kissing bonds” [1].  

Kissing bonds are undetectable by conventional 
ultrasonic inspection since the return echo from the 
interface in the pulse-echo technique does not 
depend upon the bond strength and only requires 
mechanical contact between the adherends. This is 
also the case for the transmitted echo. Although 
there have been many attempts to develop other 
ultrasonic approaches, such as using waves that 
propagate essentially along the bond line, none of 
these approaches has succeeded in detecting a weak 
bond other than those that are weakened by defects 
such disbonds or porosity [1-3]. These defects can 
be detected by the well established ultrasonic 
inspection technique and in the case of porosity, also 
by x-ray radiography. Among possible causes of 
weak bonds are contamination of surfaces prior to 

bonding, inadequate surface preparation, 
degradation of the adhesive from improper storage, 
and inadequate mixing ratio for two-part adhesives. 
In all these cases, there can be good mechanical 
contact without defects, combined with poor 
mechanical strength, undetectable by established 
ultrasonic inspection techniques.    

Ultrasonic techniques only apply weak stresses to 
the bond line and such weak stresses cannot reveal 
characteristics that are only apparent by applying 
significant stresses, like in destructive tests. 
Therefore, a reliable technique to identify such weak 
bonds requires application of a strong tensile stress 
across the bond line. A convenient approach that has 
been previously studied for evaluating the adhesion 
of coatings to their substrate and fibers to their 
matrix uses a pulsed laser to generate a large 
amplitude wave (shockwave) that propagates 
throughout the material [4-9]. This wave, being 
initially in compression, is converted by reflection 
on the back surface of the sample into a strong 
tensile wave that can pry apart the sample and 
disbond the assembly.  This approach has been more 
recently extended to proof testing of adhesive bonds 
between carbon-epoxy laminates [10,11]. To probe 
bond strength, higher and higher tensile stress 
loading is applied by increasing the laser pulse 
energy step by step. A “good” joint will be 
unaffected under a given stress level whereas a 
weaker one will be damaged, allowing this method 
to evaluate the bond strength.  

The principle of the method is described next in 
more detail. We then describe how the method is 
implemented, the instrumentation that has been 
developed and the fabrication of weak bond test 
specimens. Finally we present some results and 
indicate perspectives and future developments.  
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2 Principle of the approach 
 
The approach is illustrated by the sketch shown in 
Fig.1. Real-time monitoring is provided by a laser 
interferometer that measures the back surface 
velocity. The signal from the interferometer allows 
the method to identify whether the bond has been 
broken or not. It also allows quantitative evaluation 
of the bond strength at the high tensile rate produced 
by the technique. For the sake of completeness, in 
the section below we reproduce the description that 
has appeared in publication [11].  
We assume that the source size, which is about equal 
to the laser spot size, is several times the sample 
thickness. In this case the generated wave is 
essentially a compression wave propagating normal 
to the surface. Fig.2 shows the propagation distance-
time diagram for the evolution of a compression 
wave generated at the top sample surface with a 
loading time duration T and reflected by the free 
back surface as a tensile wave. In the triangle with 
baseline delimited by the times t1 and t2, the 
incoming compression wave is essentially 
compensated by the reflected tensile wave. If 
attenuation mechanisms are neglected, and for a 
typical shock pulse shape, the maximum tensile 
stress (represented as a white dot) begins at a 
distance from the back surface given by DT/2, and 
this tensile wave propagates unchanged until the 
next reflection. Here, D is the shock wave 
propagation velocity which in the conditions used is 
essentially constant and close to the elastic wave 
propagation velocity c since the pressure level is 
significantly below the Hugoniot Elastic Limit. Fig.2 
therefore shows that there is a dead zone near the 
bottom of the sample. For the 4-ply quasi-isotropic 
composite schematically represented in Fig.2, this 
zone extends to the top of the last ply assuming a 
loading duration of about 100 ns and a ply thickness 
of about 150 µm (D ≈ 3000 m/s). 
The pressure P(z,t) at any instant t and at a depth z 
inside the plate is equal to the sum of the pressures 
produced by the wave propagating in the positive z 
direction and the one propagating in the negative z 
direction: 
 

 
        , , ,P z t D u z t D u z t        (1) 

 

where u+(z,t) and u− (z,t) are the particle velocities of 
waves propagating toward positive and negative z 
respectively. The minus sign comes from wave 
propagation in the negative z direction. The z axis 
origin is taken to be the back surface where velocity 
measurements are made and z is oriented positive 
from the front loading surface toward the back 
surface. Under the assumptions of one-dimensional 
propagation in a homogeneous material and no 
attenuation, at the free back surface and after the 
propagation of u+(z,t) and the retro propagation of u− 

(z,t) this equation becomes: 
 

      1, 0, 0,
2

P z t D u t z D u t z D     (2) 

 
The factor 1/2 comes from the total reflection u+(0,t) 
= u− (0,t) of the wave at the free surface: u(0,t) = 
u+(0,t) + u− (0,t) . The last equation gives the 
pressure at any depth, at any time during the 
experiment. The rupture threshold is then given by 
the following equation, which applies for loading 
just below the rupture threshold: 
 

    1 0, 0, 2
2

i i
rupt ruptP D u t u t z D    (3) 

 
In this equation, ti is the time at which the damage is 
identified on the velocity signal and zrupt the distance 
of the damage from the back surface. ti appears on 
the back surface with a delay of |zrupt/D| from the 
time trupt at which rupture occurs.  
As shown by experiments, the velocity signals 
obtained with all laser loadings below rupture are all 
essentially superimposed after normalization. This is 
shown in Fig. 3 for a laminate without a bond, 
reproduced from a previous publication [11]. This is 
in agreement with numerical simulations performed 
with LS-Dyna as shown in Fig. 4. This means that 
for all loadings below the rupture threshold, 
propagation is in the elastic regime, no plastic 
deformation occurs, and non-linear effects are very 
weak. A difference only occurs for loading cases 
above the disbond threshold. In this case the tensile 
wave is reflected by the opened interface as a 
compression wave, which gives in turn a positive 
increase in velocity measured on the back surface, 
i.e. an increase of the out-of-plane motion of this 
surface. The time at which this difference is first 
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identified defines ti . The depth of the rupture zrupt is 
better measured by post shock ultrasonic or laser-
ultrasonic inspection. In the case of very strong 
bonds or weak materials, it is also possible that the 
parent material fails before the bond. Fig. 5 is a 
schematic representation of the procedure to identify 
ti and to evaluate Prupt . Prupt is calculated from the 
signal recorded just below rupture: we note that 
1/2ρD u(0,ti)

 
corresponds to the stress applied to the 

joint by the incoming compression wave whereas     
-1/2ρD u(0,ti-|2 zrupt

 
/D|) is associated with the  

reflected tensile wave. 
 
 
3  Implementation 
 
3.1 Shock wave generation 
 
To produce a strong compression wave, laser pulse 
generation in the ablation regime with plasma 
confinement is used. To maximize the pressure in 
the sample, a confining material with large acoustic 
impedance is required. This material has to be 
transparent to the laser light. Although confinement 
with a glass window produces a strong shockwave, 
the window is broken by each laser shot, so 
confinement with water is used, as shown in Fig. 6. 
Since it would be unacceptable in practice to 
damage the surface of the material, common black 
electrical tape is stuck to the surface. A Q-switched 
Nd:YAG laser operating at 1.06 µm and delivering a 
pulse of about 8 ns duration and 2 J energy has been 
used so far. As we have previously shown, by 
measuring the velocity at the back of a transparent 
block of epoxy subjected to the same loading 
configuration as shown in Fig.6, the protective tape 
has the effect of increasing the duration of loading 
[11]. This duration is on the order of 100ns instead 
of about twice the laser pulse duration that could be 
expected [12]. Since high frequencies are cut-off in 
composites by damping and scattering mechanisms, 
a longer loading duration is beneficial for 
maintaining the tensile stress level over a longer 
propagation distance.  
   
3.2 Real time monitoring 
 
As we have seen, the stress applied throughout the 
sample can be determined from measurement of 
back surface velocity. This velocity is determined 

from the Doppler frequency shift produced on a light 
beam reflected by the surface. The light frequency 
change Δν is proportional to the change of velocity 
Δu as follows: 
 

Δν = 2Δu/λ (4) 
 
where λ is the laser wavelength. λ being 1.06 µm, a 
change of velocity of 100 m/s gives a frequency shift 
of about 100MHz. This frequency shift is then 
tracked by the interferometer. Although for shock 
experiments time-delay two-wave interferometers 
known as VISAR are traditionally used as 
velocimeters [13], we have developed one that is 
intrinsically simpler and makes use of the detection 
laser used for post-shock validation. It uses a solid 
Fabry-Perot etalon [14]. Its principle of operation is 
described next. 
The principle is similar to the use of a Fabry-Perot 
interferometer in optical spectroscopy. In 
spectroscopy, spectral information on the light 
source is obtained using a circular aperture to select 
part of the central fringe pattern in the focal plane of 
a lens and the spectrum of the source is obtained by 
scanning the path difference (i.e. the Fabry-Perot 
optical thickness). Here, the frequency of the source 
is actually changing with time due to the Doppler 
effect produced by the surface motion and the 
Fabry-Perot has a fixed thickness (Fabry-Perot 
etalon or FPE). The signal related to surface motion 
appears on the detector behind the aperture at the 
center of the fringe pattern: see Fig. 7. 
To use the Fabry-Perot etalon as a velocimeter, the 
frequency of the probing laser is set somewhere 
along the slope of a peak. Since by the Doppler 
effect, as mentioned above, a change of frequency 
proportional to the surface velocity is produced, this 
results in an output from the Fabry-Perot detector of 
an intensity signal indicative of the surface velocity: 
see Fig. 8, which illustrates the principle. The output 
signal is only proportional to velocity if the linear 
portion of a peak slope is used. If this is not the case, 
the response has to be calibrated by recording the 
peak shape versus frequency. Actually, the peak 
shape is dependent upon the opening of the aperture 
after the FPE, i.e. it depends of the angular tilt of the 
optical waves propagating inside the FPE. Having a 
very limited angular range around zero, i.e. a very 
small aperture yields poor sensitivity since little light 
is collected, so the diaphragm aperture has to be 
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opened to some extent. The effect of aperture size 
has been modelled and the results are shown in Fig. 
9. The narrowest peak is only obtained for a tightly 
closed diaphragm. This has also been verified 
experimentally by sweeping the frequency of the 
detection laser: see Fig. 10. The final choice of the 
response curve of the FPE is shown in Fig. 11: it 
provides optimum sensitivity and a dynamic velocity 
range of about 200m/s, adequate for all the loadings 
used.  
To get a reliable calibration curve that allowed 
translation of the recorded signal to a velocity signal, 
the voltage which controls the frequency sweep had 
to be calibrated in terms of frequency change. This 
was done by using an optical Michelson-type fiber 
interferometer with arms of very different lengths. 
By counting the fringes that appear during frequency 
sweeping, precise calibration is obtained. The final 
calibration curve is shown in Fig. 12: it relates the 
normalized signal (signal measured by the detector 
after the FPE divided by a signal measured by 
another detector before the FPE) to the change in 
velocity. To convert from frequency change to 
velocity change Eq. 4 has been used. 
As shown in Fig.12 by a large dot, after calibration 
by frequency sweeping, an initial frequency set point 
was chosen. This set point was chosen to provide 
good sensitivity to surface velocity, as well as 
ensuring a proper dynamic range for the velocities 
encountered in the experiments. Also, since a given 
signal amplitude can be associated with two 
frequency shifts or velocities, it is important to avoid 
going over the peak of the response for the 
maximum velocity to be measured in order to avoid 
ambiguity. The usable range of velocity change is 
shown in Fig. 12 by a heavy line. The laser 
frequency was then locked to the set point with a 
feedback loop acting on the frequency controller for 
the laser. This ensured that thermal drifts of the laser 
frequency or of the FPE resonance frequency are 
automatically compensated.  
The FPE is mounted with its associated optics in a 
rigid structure that is itself located in a rack. The 
detection beam, which comes from a long-pulse 
single frequency Nd-YAG laser is sent onto the back 
surface of the sample using an optical fiber. Light 
reflected by the surface that carries information on 
its velocity during shockwave loading is also fiber-
coupled to the FPE unit.  
 

3.3 Post-shock validation 
 
Post-shock validation by ultrasonic inspection is 
necessary to validate any indications of rupture 
given by the real-time velocimeter, since this 
indication is often difficult to identify when loading 
is just above threshold. Ultrasonic inspection using 
the pulse-echo time of arrival technique provides the 
location of the disbond, which is necessary to 
evaluate bond strength, as seen above. We have 
performed this inspection with a laser-ultrasonic 
system that uses the same kind of detection laser 
used for the velocimeter [15]. The generation laser is 
a Transversally Excited Atmospheric Pressure CO2 
laser (TEA-CO2), as generally used for composite 
inspection. This laser has a wavelength within the 
absorption bands of the surface resin, epoxy or 
another polymer matrix, and from the through-depth 
distributed absorption, ensures efficient generation 
without damage to the material. This operation can 
be done from the loading surface after the protective 
tape is removed (generation over the tape would 
produce longer and weaker echoes compromising 
resolution of the echoes from interfaces) or from the 
back surface. Although in this work the sample has 
been analyzed with a laser-ultrasonic inspection 
system separate from the laser shock system, 
shockwave loading, velocimetry and post-shock 
validation could be combined into a single system 
since the shock, its real time monitoring and post-
shock validation could use the same detection laser. 
This has actually been implemented for a different 
bond testing application and is planned to be 
implemented for composites. 
 
 
4 Test samples 
 
The technique was first demonstrated with bonded 
quasi-isotropic carbon-epoxy laminates prepared 
with 2 areas of different adhesion strength. One area 
of each laminate was simply solvent cleaned, 
whereas the adjacent area was corona discharge 
activated to promote higher adhesion strength. Hysol 
EA9394 adhesive was used. As expected, very 
different adhesion strengths were measured, 
typically 150 MPa and 340 MPa [11]. It should be 
noted that these values were measured at very high 
strain-rates and are higher than typical quasi-static 
values. Velocimeter indications of disbonding were 
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found to correlate well with post-shock laser-
ultrasonic inspection. 
To develop a correlation between the values 
measured by the laser shockwave technique and the 
usual quasi-static values, there was a need to make 
test samples with a distribution of adhesion 
strengths, having for example values equal to nearly 
zero (which may be identified as a kissing bond), 
25%, 50%, 75% and 100% of the optimum strength. 
To make these controlled weak bonds, two 
approaches have been used [16]. 
In the first approach, one composite adherend was 
metalized with a very thin layer of titanium (less 
than 100nm) and a custom bond primer made from a 
mixture of silanes (γ-GPS and PTMO) was applied. 
Bond strength was tuned by varying the ratio of the 
concentrations of γ-GPS and PTMO. The bond with 
the other adherend which was not metalized was 
made full strength. For this approach, Cytec FM73 
and Hysol EA9394 were the adhesives used. 
In the second approach, the mix ratio of a two-part 
adhesive was modified by reducing the hardener 
fraction. This modification caused weakening of 
bond strength but had the drawback of inducing very 
long cure times and/or an unstable cure state (i.e. 
residual reactivity). To avoid this problem, a 
predetermined amount of a third chemical 
component (cyclohexylamine) was added to the 
epoxy resin and its hardener to rebalance the 
reactive fractions. For this approach, two-part Hysol 
EA9394 was the adhesive used. 
The fabricated test specimens were destructively 
tested by double cantilever beam (DCB), i.e. Mode 1 
through-thickness tension testing [17]. Although 
both approaches were demonstrated to be sound and 
able to create controlled weak bonds, it proved 
difficult to consistently obtain specific strength 
values for the lower strength bonds and significant 
variability was observed between samples made 
under the same conditions. At the present time, the 
desired range of distributed adhesion strengths going 
from nearly zero to 100% in steps of 25% has not 
been repeatably demonstrated and further work is 
required.   
 
 
5 Results 
 
We present below example results obtained on a test 
specimen bonded with EA9394 and the customized 

surface treatment. The bond made to the metalized 
adherend was intended to have 25% strength, but 
turned out to have about 64% of the maximum 
strength with a variance of about 14% between 
different samples (as tested by DCB). The other 
adherend was not modified and had 100% bond 
strength. Prior to laser shockwave loading, all the 
samples were inspected by digital x-ray radiography 
to check for porosity in the composite or bond line 
and by laser-ultrasonics to check for porosity and 
pre-existing delamination or disbond. This prior 
inspection ensured the laser shockwave testing could 
be performed over a defect-free area having only 
weak adhesion properties. 
Fig. 13 shows the back surface velocimeter signals 
obtained from this test specimen after normalisation 
of the signals for different loadings. As described 
above, disbonding was identified by the appearance 
of a significant offset after signal normalization. 
This occurred clearly at about 1.2 J energy loading. 
Fig. 14 shows the confirmation of disbonding by 
laser-ultrasonic inspection. Using the approach 
described in Fig. 5 and a formula similar to Eq. 3 
(but more accurate, to take into account the 
transmission of the stress through the 4-ply laminate 
as derived in [11]), the bond strength of this sample 
was evaluated to be about 80 MPa in the high strain 
rate regime of the experiment: see Fig. 15.  

 

6 Conclusion and perspectives  
 
The laser shockwave technique has been shown to 
be able to detect weak bonds between laminates. The 
developed technique is non-invasive if the bond is 
sufficiently strong for the shockwave loading 
applied. However, a correlation between the value 
measured by the technique at high strain rate and the 
strength measured by established destructive testing 
techniques, such as DCB, remains to be established.  
To reach this aim, future efforts should be focused in 
two directions. In the first, one should try to 
minimize the variability of weak bonds produced by 
one or both of the approaches described here. 
The other direction is to extend this work using a 
much more energetic shockwave loading laser (10 J 
or more) with a long pulse duration (300 ns and 
more). With such a laser, the dead zone shown in 
Fig. 2 will extend much further from the back wall 
of the part. The stress loading being essentially low 
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frequency will propagate deep inside the material 
without significant attenuation, thus proof-loading 
the bond to the same stress level as the laminate. 
Long pulse duration will avoid causing a failure of 
the composite before the bond in all cases in which 
the bond is weaker than the composite. Higher 
energy will also allow the use of a larger test laser 
spot, which is important for testing assemblies 
thicker than the 4 or 8-plies used in this work. This 
is necessary because a small spot causes diffraction 
effects and stress loading which is significantly 
different from a plane compressive wave, with 
complicated tensile and compression zones 
throughout the thickness of the material.  
In the shorter term, since not all the fabricated weak 
bond samples have been tested, we will continue 
laser shockwave testing on these to collect additional 
data.  

 

 
Fig. 1. Principle of the laser shockwave 
technique for probing an adhesive joint. The 
wave which is initially in compression is 
reflected by the free back surface as a tensile 
wave that performs tensile proof testing of the 
joint. 

 

 

Fig.2. Time-space diagram of the propagation of a 
shock wave pulse with duration T and schematic 
representation of the cross-section of a quasi-
isotropic 4-ply composite. Dark and light gray 
areas represent respectively the compression wave 
(pressure higher than the average pressure) and the 
tensile wave (pressure lower than the average 
pressure). The arrow indicates the depth where the 
maximum tensile stress is applied, corresponding 
in this example to the top of the bottom ply. 

 

 

Fig. 3. Back surface velocity signals measured 
under 1200 mJ (grey curve) and 800 mJ (black 
curve) laser shock pulse energy on a 4-ply 
laminate. 

 

3L 

L 

5L 
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Fig. 4. Back surface velocity signals measured 
(black and noisy curve) and simulated (grey 
curve) for a 400mJ laser pulse in a 4-ply 
laminate. 

 

 

Fig. 5. Schematic representation of velocity signals 
from the back surface. The black and grey signals 
represent respectively a signal above and slightly 
below damage threshold. The black signal has been 
normalized to the grey signal maximum. 

 

  

Fig. 6. Experimental setup for strong compression 
wave generation ensuring protection of the sample 
surface. 

 

 

Fig. 7. Principle of the Fabry-Perot interferometer 
as used in optical spectroscopy. A series of rings 
can be observed in the focal plane of the lens if the 
source gives a sufficient angular range. The 
detector (not represented here) is located behind an 
aperture centred on the rings so as to receive only 
part of the central fringe. 

 

Generation Laser
Black tape

Composite
laminate

Water
O-ring

Velocimeter
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Fig. 8. Frequency demodulation with a Fabry-Perot. 
The optical frequency of the probing laser is tuned 
to somewhere along a resonance peak to provide 
demodulation. 

 

 

Fig. 9. Theoretical resonance curves of the FPE 
for different diaphragm openings. The 
narrowest curve is obtained for the smallest 
opening; the curve broadens with the opening 
diameter. 

 

 

Fig.10. Experimental resonance peaks of the 
FPE for different diaphragm openings. 

 

 

Fig. 11. Effect of a slight tilt of the FPE with 
respect to the axis defined by the diaphragm 
aperture: the broadest curve is obtained for 
optimum centering whereas the curve with the 
higher peak is obtained after slight tilt. This is 
the response chosen for the velocimeter: it 
gives dynamic ranges (10-90%) of about 200 
and 550 m/s, for the rising and falling slopes 
respectively. 
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Fig. 12. Calibration curve of the velocimeter. 
The change of velocity at any time can be 
deduced from the measured normalized signal 
by using this curve.  The dot indicates the 
initial set point. 

 

 

Fig. 13. Velocimeter signals obtained for a 
bonded 4-ply over 4-ply stack for laser energy 
loading clearly above (1.2 J), below (0.8 J) and at 
about (1 and 1.12 J) the damage threshold. The 
various signals have been normalized and the 
time of indication of rupture is shown by a 
vertical line. 

 

 

 

Fig. 14. Laser-ultrasonic C-scans for various laser 
energies. Disbonding starts to be detected at about 
1000mJ - 1120mJ energy loadings. 

 

 

Fig.15 Determination of the bond strength from the 
velocity signal just below threshold according to the 
method indicated in Fig. 5.  
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1 Introduction  

Metal-matrix composites (MMCs) are materials with 
great potential in applications for many industries, 
e.g. automotive, electronics, aviation, and aerospace, 
due to their excellent properties, such as high 
damping capacity, high specific strength, low 
thermal expansion coefficient, and low weight [1].  
 
A common method used for fabrication of MMCs is 
the pressure infiltration process [2-8], which consists 
of injecting molten metal into a preform under an 
external pressure. However, experimental 
investigations in literature report that the fabrication 
process is a delicate matter, which often results in 
incomplete infiltration [1, 9-10]. 
 
Numerical modeling can be a theoretical tool to 
provide very useful information on the general 
behavior of the infiltration process and potentially 
reduce the experimental work related to obtaining 
optimized process parameters. Previous published 
numerical studies on the pressure infiltration process 
are at present very limited. The few existing studies 
primarily focus on the global propagation of the 
fully and non-fully saturated regions by considering 
the mass balance equation together with Darcy’s law 
[11-16]. The drawback of these porous 
media/permeability approaches is the disability of 
capturing one of the key fabrication errors which is 
the unintended porosities at the end of the process. 
 
This paper presents a numerical method that 
simulates the flow through the porous corridors of 
the preform, which in theory enables the prediction 
of unintended porosities at the end of the process. 

However, the obstacle for this new approach is that 
the size of the preform in this process is usually of 
the order of 5-10cm in each direction, while the size 
of the reinforcement (fibers or spherical particles) is 
of the order 10-100μm and that combination leads to 
a very calculation-heavy numerical model, since the 
control volume in the mesh at least needs to be at the 
same length scale as the reinforcement. Therefore, 
the objective of this paper is to evaluate the potential 
for this numerical approach to predict unintended 
porosities in metal matrix composites with special 
emphasis on fiber vs. domain sizes.   
 
In the first part of the paper, the three-dimensional 
Computational Fluid Dynamics (CFD) model is 
presented together with a description of the preform. 
In the second part the infiltration results are reported 
and compared with porous media/permeability 
approach based results from literature. Finally, the 
pros and cons for this CFD approach are discussed.  
 

2 Numerical Model 

2.1 Governing Equations 

The flow of the molten metal during the infiltration 
of the preform is a highly non-linear problem. The 
two main physical phenomena in this process are the 
flow and solidification of the molten metal. In this 
study the flow of the molten metal is of focus, thus 
isothermal calculations are conducted. In addition, 
the molten metal is considered as an incompressible 
Newtonian fluid.  
 
The global Newtonian flow is captured by solving 
the mass continuity equation given in Eqn. 1 
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together with the momentum equations given in 
Eqn. 2. 
 

∇𝒖 = 0                               (1) 
 

𝜌 �
𝜕𝒖
𝜕𝑡

+ 𝒖 ∙ ∇𝒖� = −∇𝑝 + 𝜇∇2𝒖           (2) 
 
where 𝑢 is the velocity of the molten metal, 𝜌 is the 
density, 𝑡 is the time, and 𝑝 is the pressure. Note that 
no gravitational force, surface tension or pore 
pressure are considered in this study. 
 

2.2 CFD solver 

The commercial software FLOW-3D is used to 
calculate the incompressible Newtonian flow of the 
molten metal [17]. FLOW-3D is a CFD software 
capable of analyzing various physical flow 
processes. In this study, the software solves Eqn. 1 
and 2 by the usage of the Finite Volume Method 
(FVM). The pressure and velocity fields are found 
on a staggered grid by the Generalized Minimum 
Residual Solver (GMRES). In addition, the software 
utilizes an explicit Volume Of Fluid (VOF) 
algorithm to track the free surface of the molten 
metal. 
 

2.3 Description of the CFD model 

The material properties, the geometry of the mold, 
and the boundary conditions utilized in this study are 
adopted from [11] in order to carry out a comparison 
with results from where the porous 
media/permeability approach is utilized. The molten 
metal is considered to be an aluminum alloy A380 
with a dynamic viscosity of 0.0012 Pa·s and a 
density of 2.46×103 kg/m3, while the material of the 
fibers is assumed to be ceramic. These are common 
materials used to produce metal matrix composites 
by an infiltration process. The geometry of the mold 
is a cylinder with a diameter of 10 cm and a height 
of 3 cm, see Fig. 1. Inside the mold a porous 
preform is placed (description follows in section 
2.4). At the top of the cylinder, a circular inlet is 
positioned with a diameter of 15mm which allows 
the molten metal to flow into the mold and penetrate 
the porous preform. The boundary condition at the 
inlet is a pressure of 0.8MPa. Furthermore, a no-slip 
(zero velocity) boundary condition is used at the 
wall of the mold and surface of the fibrous preform. 

Finally, two symmetry boundary conditions are used 
between the red and grey/blue part of the domain, 
shown in Fig. 1, which enables only one fourth of 
the preform to be simulated thereby reducing the 
calculation time.  
 

2.4 Geometric Model of Porous Preform 

The geometry and size of the porous preform are the 
same as the mold’s. The porous structure is 
generated based on the following three assumptions: 
 
1. The preform consists of many fiber layers 
positioned in a staggered manner. 
 
2. The shape of each fiber layer is similar to a net, 
which is represented by a number of orthogonal 
straight fibers. 
 
3. The cross-section of the individual fibers is 
squared. 
 
The steps involved in processing the geometrical 
information of the porous preform are: generating 
one fiber layer, generating the whole preform, and 
importing the preform into FLOW-3D. Each of the 
steps is detailed described in the next three sections. 
 
2.4.1 Generating one fiber layer 
 
One fiber layer consists of many fiber units. In Fig. 
2, a 3-dimentional image of one fiber unit is shown. 
This fiber unit is generated with a MATLAB code. 
First, a Boolean matrix with entries of 0 and 1 is 
conducted. In this matrix, “0” represents the fraction 
of air, and “1” represents for the fraction of fiber. 
Then, the function STLWRITE [18] is called to 
generate the Stereo Lithography (STL) file based on 
the Boolean matrix. The total length of the fiber unit 
is five times the thickness of the cross-section. 
 
Afterwards, the fiber unit is copied and distributed in 
order to generate the fiber layer seen in Fig. 3. 
Finally, an STL file of one fiber layer is created. 

 
2.4.2 Generating the whole preform 
 
The next step is to position a number of fiber layers 
in a staggered manner in order to conduct a preform 
which allows for a realistic propagation of the 
molten aluminum.  
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Every second fiber layer is fixed and every other 
second fiber layer is randomly inserted, see Fig. 4. 
The distance between two fixed fiber layers is four 
times the fiber diameter. Thus, the space between 
adjacent fiber unit nodes in the neighbouring fiber 
layer is a cube with a side length of four times the 
fiber diameter. This cube can be divided into 64 
small cubes, as the yellow region in Fig. 4 shows. 
The fiber unit node of the random fiber layer is 
positioned in the center of one of the small cubes 
randomly. 
 
Thus, a fibrous preform which consists of 
unstructured fiber layers is obtained, see Fig. 5, and 
the volume fraction of the fibers is approximately 
22%.  
 
2.4.3 Importing the preform into FLOW-3D 
 
After the STL file of the preform is created, it is 
imported into FLOW-3D and trimmed in order to 
have the same size as the cylindrical mold, see Fig. 
6. Note that in this preliminary study, the lengths of 
all sides of the control volumes are set equal to the 
fiber diameter in order to decrease the computational 
load, even though a finer mesh might give more 
accurate results.  

 

3 Results and discussion 

3.1 Flow pattern 

In Figs. 7(a) and 8(a), the flow propagation of the 
molten metal is shown in the case of a fiber diameter 
size of 300 µm and 200 µm, respectively. In the 
figures, the molten metal is represented with red and 
the porous preform with grey.   
 
The observed infiltration pattern is very similar to 
the one documented in [11] where the experimental 
validated porous media/permeability approach is 
utilized. This fact indicates that the presented CFD 
approach captures the physics involved in the 
problem correctly. In addition, the simulated flow 
condition at the symmetry boundary in Figs. 7(b) 
and 8(b) illustrates that with this approach it is 
possible to capture local porosities during the 
infiltration process. Thus, the numerical model 
predicts areas of the preform where the risk of 
unintended porosities is increased. Potentially, this 
information could be used to analyze the process 

parameters in order to obtain the flow pattern with 
the lowest risk of unintended porosities. Ideally, the 
numerical model would predict unfilled areas of the 
preform at the end of the infiltration process, but in 
order to obtain such results one would have to 
include a thermal calculation. However, that 
addition has not been considered in this preliminary 
study.  
 

3.2 Filling time 

In Fig. 9 the relationship between the filling time 
and filling fraction is shown for the simulations 
where the fiber diameters 300 µm and 200 µm are 
utilized.  
 
Both relationships are relatively linear, but the final 
filling time increases from 0.112 for the 300µm-
fiber-diameter preform to 0.131s for the 200µm-
fiber-diameter preform. The increasing final filling 
time is an effect of the decreasing permeability when 
decreasing the size of the fiber diameters in the 
preform.  
 
In Fig. 10, the relationship between filling time and 
fiber diameter is shown. Each of the dots represents 
a simulation and the curve is a best fit function. Note 
that due to calculation time, the simulations with a 
fiber diameter of 100 and 50 µm are carried out with 
a half and a quarter of the initial diameter and height 
of the preform, respectively. Afterwards, the two 
simulations’ filling time for the initial size of the 
preform is found by extrapolation, assuming that 
their relationship between the filling time and filling 
fraction are also linear. It is the extrapolated filling 
times which are documented for the 100 and 50µm-
fiber-diameter preform in Fig. 10. The best fit 
function illustrates that the filling time increases in 
an exponential-like manner when decreasing the 
fiber diameter.  

The filling time reported in [11] was 20s for a 3µm-
fiber-diameter preform and that differs from the 
simulated filling time of 0.8s found by the best fit 
function, see Fig. 10. The difference could be an 
artifact of the numerical generated preform. One 
might obtain a simulated filling time which is in 
better agreement with the experimentally measured 
filling time if the numerical preform is conducted 
differently, e.g. introducing inclined fiber layers.     

 

ICCM19 1627



3.3 Calculation time 

The number of control volumes increases rapidly 
when decreasing the fiber diameter as seen in Fig. 
11. Consequently, the calculation time increases 
rapidly too.  
 
The calculation times of the simulation with the 
300µm-fiber-diameter and 200µm-fiber-diameter 
preform were approximately 2 and 6 days, 
respectively. A simulation with a 3µm-fiber-
diameter preform is therefore not feasible to carry 
out within a reasonable time frame unless a super 
computer is utilized. This limitation restricts the 
CFD approach from being used to simulate the 
infiltration process of preforms where the size of the 
reinforcement is much less than 200µm. However, 
some metal matrix composites are produced with 
spherical particles that have a diameter of the order 
of 100 µm and in such case this numerical approach 
would be able to analyze the infiltration process if 
the preform is confined to a quarter of the size of the 
preform used in this study.   
 

4 Conclusions 

In this paper it was shown that a CFD approach has 
a great potential to simulate the infiltration process 
and predict unintended porosities in metal matrix 
composites. Several cases of an infiltration process 
with an artificially generated fibrous preform are 
simulated using this approach. 

 
First of all, the simulated flow pattern using this 
CFD approach is in good agreement with a similar 
case from literature using a porous 
media/permeability approach. It shows the capability 
of the CFD approach to capture local porosities 
during the infiltration process.  
 
Secondly, the relationship between filling time and 
fiber diameter of the preform is studied. The final 
filling time increases when decreasing the size of the 
fiber diameter in the preform. The filling time with a 
3µm-fiber-diameter preform is 0.8s by extrapolation 
according to the best fit function based on the 
simulation results with lager fiber-diameter preform.  
 
Finally, it is not feasible to carry out a simulation 
with a 3µm-fiber-diameter preform at present due to 
the huge amount of control volumes. However, this 

CFD approach can be used to simulate the 
infiltration process producing some Metal Matrix 
Composites with spherical particles which have a 
diameter of the order of 100µm. 
 
Of interest in future work is to include a thermal 
calculation in the CFD approach and try to obtain 
the volume fraction of air in the end of the 
infiltration process. Moreover, experimental 
infiltration tests should be carried out to be 
compared with the numerical simulation results. 
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Fig. 1. Schematic view of preform and inlet. The red 

subdomain represents the part of the geometry simulated 
by the numerical model. 

 
 

 
Fig. 2. 3-D image of one unit in the fiber layer 
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Fig. 3. Schematic view of one fiber layer in the preform 
 
 
 

 
 
 

 
Fig. 4. The placement of the fiber layers 

 

 
Fig. 5. Schematic view of geometric model of the preform 
 
 
 

 
Fig. 6. Computational domain in the CFD model 
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(a) 

 
(b) 

 
Fig. 7. Flow propagation of molten aluminum in porous 
preform with 300 µm fibers. (a) ¼ of preform; (b) at the 

symmetry boundary.  

  

 
(a) 

 
(b) 

 
Fig. 8. Flow propagation of molten aluminum in porous 
preform with 200 µm fibers. (a) ¼ of preform; (b) at the 

symmetry boundary.  
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Fig. 9. The relationship between filling time and filling 

fraction 
 

 
Fig. 10. Relationship between fiber diameter and filling 

time 
 

 
Fig. 11. The relationship between number of control 

volumes and fiber diameter. 
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1 Introduction
The challenges related to processing of composite
components are a focus of current research as the
complexity of parts increases constantly. The
infusion stage in Liquid Composites Moulding
(LCM), such as Resin Transfer Moulding (RTM)
and Vacuum Assisted Resin Transfer Moulding
(VARTM), involves several challenging aspects
regarding product quality and cost. These aspects
have to be treated simultaneously as both contribute
significantly to the evaluation of process success.
Single-objective infusion optimization has been
addressed in the literature focusing mostly on the
minimization of filling time in RTM process. This
has been addressed using gradient based techniques
optimizing the initial resin temperature and initial
speed injection [1] and Genetic Algorithms (GA)
optimizing gate and vent locations [2-5]. The Branch
and bound search method and graph-based two
phase optimization heuristics have been
implemented for the same purpose obtaining
improvement in computational efficiency compared
to Evolutionary Strategies [6-7]. Multi-objective
optimization of the RTM filling problem has been
investigated using a cascade algorithm [8-10] in a
setup that accounts for gate and vent locations in
order to minimize filling time and number of vents
considering also a probabilistic forecast of race
tracking and GAs [11-13] in which minimization of
filling time and infusion related defects have been
used as the objectives. The optimization of the
VARTM process has not been addressed yet in the
literature. The present paper describes a procedure to
find optimal non-isothermal filling and gate
configuration of a C composite section model using
a genetic algorithm (GA) suitable for multi-objective
problems in order to minimize both filling time and
degree of cure at the end of the filling stage.

2. Multi objective infusion optimization using GA
2.1 GA for Multi-objective optimization
A GA for multi-objective optimization was adapted
in this study [24]. The algorithm takes as input the
number of generations, number of individuals per
population, the number of individuals used for
reproduction and elitism, the size of Pareto front, the
number of objectives, and the cross-over and
mutation probabilities. The outputs of the algorithm
are the objectives values for each individual and the
Pareto front at each generation. Four benchmark
multi-objective problems have been selected to
verify the behaviour of the GA; a simple convex
problem proposed by Schaffer [15], one convex and
one non convex problem proposed by Zitzler [16]
and one non convex problem proposed by Fonseca
[17].
Table 1 reports the parameters of the GA for the
benchmark studies. In all the problems the Pareto
size was fixed at 50 individuals, the crossover
probability at 0.5 and mutation probability at 0.005.
It has been observed that the GA approximates
successfully and gradually the non-dominated set in
all cases. In the Schaffer problem the solution
converges after only 10 generations and the
approximation is entirely satisfactory. For the two
Zitzler problems the convergence occurs within 100
generations resulting in a very close approximation
of the theoretical front. In the most complex of the
benchmarks, the Fonseca problem, the GA requires
150 generations to converge. Although the
approximation is close to the theoretical front, small
errors can be observed in the final Pareto front.
Reproducibility tests have shown that the results of
the GA are not sensitive to the random seed,
indicating the robustness and reliability of the
methodology and the implementation (Fig. 1).
Performance comparisons with established software
implementation of multi-objective GAs (PISA)
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highlighted the accuracy of the final Pareto front
found by the algorithm as well as its efficiency. Two
GAs methodologies have been selected for the
comparison, Strength Pareto Evolutionary Algorithm
2 (SPEA 2) and Non-dominated Sorting GA II
(NSGA II) The said GA performance is comparable
with the selected GAs. A quantitative metric has
been defined. The results are illustrated in Fig. 2, as
box whisker plots showing the quartiles of error. GA
showed a better behavior in regard of convex
problem and slightly but reasonably worse behavior
concerning non-convex problem. Distribution of
distances from the theoretical front in the last
generation showed major points density around
average value for GA, on the other hand commercial
software resulted in a spreader distribution.

3. VARTM optimization
3.1 Materials and viscosity model
The cure kinetics and viscosity model for the resin
used in this work (Hexcel RTM6) follow the work of
Karkanas et al. [18;19]. The reaction rate can be
described as:

    21 11 21
nmn

kk
dt

d



 (1)

where α is fractional conversion and m, n1 and n2

reaction orders. The rate constants k1 and k2 take into
account chemical and diffusion terms compounded
as follows:

2,1
111

,

 i
kkk dcii

(2)

The chemical rate constants follow an Arrhenius
dependence on temperature, while the diffusion part
is expressed as stated in Eq 3.
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Here T is the temperature expressed in Kelvin, E1,
E2, Ed activation energies, A1, A2, Ad pre-exponential
factors and R is the universal gas constant, b is a
constant and f , given in Eq. 5, is the equilibrium
fractional free volume:

  0250000480 .TT.f g  (5)
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gg
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In Eq 6 Tg0 is the glass transition of the uncured
material and

gT the one of the full network, λ a

model parameter. Thermal properties are based on
experimental data presented in [14]. The specific
heat of fibers and resin are respectively:

765.00023.0  Tc pf (7)

)(exp(1

25.0
8.10025.0




g

pr
TTc
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The rule of mixtures has been applied to find the
specific heat of composite:

  prfpffp cwcwc  1 (9)

Here wf is the fiber weight fraction. Combining Eq
7-9 yields:

)(exp(1 


g

p
TTc

C
BTAc (10)

The thermal conductivity of the composite for
longitudinal and transverse direction is:

 iiiiiii FETDTCTBAK  22 (11)

Table 2 reports the values of coefficient for said
material model.
The evolution of viscosity is described by the
following equations [20]:

 
grcure

grcure

g TTTC

TTTC






2

1
ln



(12)

where ηg=1012 Pas, while the other parameters for
RTM6 are:

  curer TCT 239.1145 

(13)

1
1 8.291908.2ln  TC (14)
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1
2 3562485.5ln  TC (15)

Where Tcure is the cure profile temperature. The
infusion stage is modeled using Darcy’s law:

P
K

u 


~
(16)

where K
~

is the permeability tensor of the preform,
P is the pressure and u is the velocity vector.

3.2 Model Description

A 2D section of a C stiffener (Fig. 3.) has been
chosen for the infusion optimization problem. The
model has been built using PAM-RTM 2010 [22].
The materials were carbon fibres G1157
unidirectional and RTM6 epoxy resin. Table 3
reports permeability for the carbon fibres used,
while Table 4 shows the density of both resin and
fibres
The model is built with 1909 nodes and 2557
elements. The fibre volume fraction was set to 60%.
The lay-up was [+45 -45]2s. The porous medium was
a PTFE coated glass fibre fabric, with fibre volume
fraction of 25%, and permeability, equal to 10-10 m2.
Material properties for the porous medium and steel
block are reported in Table 5 [23].
Air convection condition has been used on the bag
side of the model while fixed temperature boundary
condition, dictated by the optimization, has been
applied to the lower boundary part of the C stiffener;
three feasible gate locations have been located.
The initial degree of cure has been set to 6% and
initial fibres and tool temperature have been set
equal to the initial temperature of the non-isothermal
profile.

3.3 Optimization strategy

The goal of the optimization is to find the best gate
location configuration, temperature profile during
the filling of the part and initial resin temperature in
order to minimize filling time and degree of cure at
the end of the filling stage. A set of three feasible
gates location is provided for the optimization. For
every individual in the population the optimizer
selects a gate location among the ones provided,
initial resin temperature and a temperature profile
determined by five parameters: temperature of first

and second dwell, duration of first and second dwell
and duration of the ramp which can be either a
ramp-up or down (Fig. 4). The two objectives taken
into account deal with two aspects of the process:
minimizing filling time which is related with process
cost and the minimization of degree of cure at the
end of the filling which is related to the quality of
the final product and the likelihood of process
failure.
Table 6 lists the parameters of the optimization and
Table 7 the parameters ranges chosen. The duration
of the second dwell has been assigned to a high
value of time. This has been done to avoid having
duration of the filling longer than the duration of the
non-isothermal profile.

4. Results

Fig. 5 shows the results of the multi objective
optimization depicting the Pareto front at different
generations. The GA is able to approach the final
Pareto set successfully showing a high rate of
convergence, within 10 generations.
Since the Pareto front of the last generation only
includes solution with gate number 3, it has been
chosen to report only the standard results
corresponding to this gate. Standard VARTM
infusion for RTM6 epoxy resin is an isothermal
filling in which the tool plate is kept at 120 ⁰C and
the resin is injected at 80 ⁰C. Standard infusion
results has a filling time equal to 582 s and a final
degree of cure at the end of the cure equal to 0.11
The L-shape of the final Pareto set suggests a
preferential direction towards the corner that allows
to improve both filling time and degree of cure.
Furthermore it highlights two distinct zones, the
horizontal part and the vertical part. Moving along
the horizontal part it is possible to achieve
significant improvement in filling time while along
the vertical part it is possible to achieve significant
improvement in degree of cure. The standard
isothermal infusion lies away from these two zones
allowing improvements in either the objectives
Choosing a design point at the corner of the Pareto
front it is possible to achieve a 42% reduction in
filling time and a 14% reduction in final degree of
cure. The resin temperature at this corner point is
115 ⁰C while the temperatures of the first and
second dwell are 157 ⁰C and 159 ⁰C respectively.
This suggests that increasing the resin and dwell
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temperature affect positively both filling time and
degree of cure as long as the filling is fast enough to
keep the reaction rate of the resin still at the
beginning of its overall development.
An exhaustive search has been carried out in order to
investigate the objective space of the problem.
About 9000 evaluations have been carried out. Figs.
6-7 present a zoom in of the objective space in
which is possible to compare the result of the GA
optimization with the exhaustive search. The
approximation achieved by the GA is very good.
The Pareto front from the exhaustive search shows
only one non-dominated solution not identified by
the GA. Nevertheless it is important to highlight that
the exhaustive search evaluation required about 15
times the computational required for the GA.
The objectives space of the design problem is
illustrated in Figs. 8-11. Examination of the surface
shows that the design parameters must be chosen
carefully since the line between a successful infusion
and an incomplete one, due to a viscosity increase, is
subtle. Gate location and resin temperature in
particular proved to be the most critical parameters
concerning this. The irregular nature of the objective
space, revealing the presence of some local minima,
justify the choice of a GA.

4. Conclusion

The optimization procedure presented here can be
used to optimize gate locations initial resin
temperature and a non-isothermal temperature
profile in a VARTM process in order to minimize
filling time and degree of cure at the end of filling.
The two objectives show a clear trade off resulting
in L shape Pareto front. This typical shape gives the
opportunity to select a certain combination of design
parameters able to provide significant
improvements, up to 42% of reduction, in both
objectives with respect to the standard solution.
The exhaustive search undertaken provided a better
understanding of the process pointing out the critical
dependence of the objectives towards changes in
initial resin temperature and gates location.
Furthermore it highlighted the complex nature of the
design space landscape proving that the problem
studied has no trivial solutions bringing out therefore
the efficiency, reliability and robustness of the GA
used.
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Tables

Table 1. Input for benchmarks

Table 2. Cure kinetics and thermal parameters for RTM6 and carbon fibres composite

M 1.16  1
1

sA 17580  1
2

JmolE 59050

Cure Kinetics 1n 1.80  1
2

sA 21525  1sAd 6.48E+18

2n 1.32  1
1

JmolE 70500  1JmolEd 136800

b 0.467  CTg


0 -11  CTg


 206

 0.435

pc (J/oC/Kg)  21  CJgA  0.0024  11  CJgB  1.064  11  CJgC  -0.072

 1Cc  1.1  C 16.5

lK  11  CWmAl
 5.86  21  CWmBl

 4.36E-3  21  CWmCl
 3.2E-4

 21  CWmDl


-4.4E-4  11  CWmEl
 -3.75E-2  11  CWmFl

 8.8E-2

tK
 11  CWmAt



0.398  21  CWmBt
 4E-5  21  CWmCt

 -1.6E-4

 21  CWmDt


2.2E-4  11  CWmEt
 1.87E-2  11  CWmFt

 4.4E-2

Table 3. Permeability data

Permeability(m2)

K1 6.0*10-13

K2 2.5*10-13

K3 4.0*10-15

Table 4. Density data

Density (Kg/m3)

Resin 1100

Fibre 1760

Problem Generation
Number

Individual
Population

Individual
Reproduction

Chromosome Size Elite

Schaffer 50 100 70 10 4
Zitzler-1 400 100 70 10 4
Zitzler-2 400 100 70 10 4
Fonseca 400 200 105 15 15
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Table 5. Material properties

Steel block Porous media

ρ (Kg/m3) 7900 2560

K(W/m*⁰C) 35 1.04

Cp(J/Kg*⁰C) 500 670

Table 6. Optimization parameters set-up

Number of generations 20
Individual per population 15

Individual per reproduction 10
Elite individuals 4

Size of Pareto 25
Mutation probability 0.005

Cross-over probability 0.5

Table 7. Design parameter ranges

Design Parameters Range
t1 (s) 60-150
t2 (s) 90-210
t3 (s) 4000

T1 (⁰C) 120-190
T2 (⁰C) 120-190

T resin (⁰C) 70-140
Gate number 3
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1 Introduction  
Polymer composites have highly gained attention 

because of their high strength to weight ratio reduces 
gross weight [1]. The well-known applications that 
required light weight with high mechanical 
properties, such as Boeing 787 Dreamliner or body 
of automobile. On the other hand, FRP is also 
widespread used in chemical plant as its high 
chemical resistant and easy to construction. 
Comparing to metallic material, FRP possess a 
higher chemical durability and lighter weight which 
used as a chemical storage tank or chemical vessel 
for transportation which can contain severe chemical 
solution, such as hydrochloric acid or sulfuric acid. 
However, the limitation of FRP is that it should be 
used under low/normal operation condition 
(temperature, pressure). As a consequence, there is a 
great need to understand the mechanisms by which 
these materials respond to involve either solar 
ultraviolet (UV), freezing (snowing), other 
chemicals as reactants or catalysts, pressure, gases, 
or more than one of these combination. Polymeric 
material may subject to complex environmental 
conditions during their operational life, including 
exposure to water, chemicals, and temperature 
fluctuations, that affect their long service life time [2, 
3].  

In recent years, FRP has been used extensively in 
the production of piping and vessel for a wide range 
of chemical processing plant. Typically, FRP 
chemical tanks lifetime is expected to be 10-25 years 
in service, however, some accidents which a top roof 
of tank failure at less than expected life have been 
recently reported, which is shown in Fig.1. 

Generally, many researchers reported that 
materials under liquid phase may show more severe 
condition than vapor phase in chemical storage tank. 
Time of exposure, concentration of solution, 
temperature of solution are varied and studied. 
Bovey F.A. and Winslow F.H. [15] mentioned that 
when relative humidity exceeds above 70%, the rate 
of polymer degradation by the microorganism 
increase. High temperature and high humidity 
enhance hydrolytic degradation of the polymers. 
M.K. Mahmound and S.H. Tantawi [16] also 
reported that when polyester exposed to 1M sulfuric 
acid, the ultimate flexural strength retention reduces 
to approximately 90% after 4 days of exposure to 
20% H2SO4. 

 
Fig.1. The failure of chemical roof top containing 
hydrocholic acid. 
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However, those accidents were contrary to 
expectation from general knowledge. Therefore, 
comprehensive study on the material durability over 
a wide range of temperature and more severe 
condition is required [4].   

Temperature change during a day or season is 
considered and it may make dynamic condition of 
vapor phase which expected a possibility of severe 
degradation. Basically, gaseous will start to 
evaporate at higher temperature, then condense into 
a liquid at lower temperature. At dew point 
temperature or saturated condition, gaseous will start 
to condense at a surface of material that may cause 
serious corrosion problems for the equipment. 
Moreover, vapor phase is more sensitive to 
temperature change during a day, comparing to 
liquid phase. Hence, temperature fluctuation may 
lower mechanism properties of material and lead to 
a failure of roof top`s accident. 

Hence, to investigate the effect of static and 
dynamic on polymer degradation this study aimed to 
study degradation behavior of polymeric material 
under both isothermal and cyclic solution 
temperature on both liquid phase and vapor phase. 
This study was periodically investigate not only 
mass uptake but also flexural strength to 
comprehend the long-term properties of composites.  

2 Theoretical backgrounds  

   Many researchers had reported about the diffusion 
of moisture into polymeric materials. The classical 
simple limiting case of diffusion is expressed by 
Fick`s equation [4-11]. 

𝜕𝐶
𝜕𝑡

=
𝜕
𝜕𝑥
&𝐷

𝜕𝐶
𝜕𝑥
( 

 

(1) 

where C represents the moisture concentration in 
unit polymer column at specific location from the 
surface x and time t. D id the moisture diffusion 
coefficient in the x direction. If the diffusion 
coefficient D is constant, the diffusion process will 
follow the Fickian type diffusion. In some case, D 
depends on concentration or other factors. 

   In general, at the initial stage of sorption process, 
the weight change in polymer-permeate systems has 
been demonstrated to follow a power law expression 
of time of the form: 

𝑊𝑡

𝑊∞
= 𝐾𝑡𝑚  

 

(2) 

where Wt and W∞ are the experimental weight 
change or mass uptakes at the time t and equilibrium 
time ∞, respectively, K is a constant dependent 
upon the structural characteristics of the polymer 
and its interaction with the solvent, and an exponent 
m is related to the transport mechanism as follows: 

 m = 0.5; Fickian transport 

 m = 1.0; Case�transport 

 0.5 < m <1.0; anomalous transport 

   In case of Fickian diffusion for flat plate subjected 
both sides permeation, K is approximately defined 
as: 

𝐾 =  
4 %𝐷𝜋(

0.5

𝐿
 

 

 

(3) 

𝑊𝑡

𝑊∞
=
4(𝐷𝑡)0.5

𝐿√𝜋
 

 

(4) 

where L is the thickness of specimen. For 
example, this simplified solution can be applied 
for the initial stage of sorption process, that is the 
plot of Wt/W∞ vs  t0.5 should be linear up to Wt = 
0.6W∞ with less than 2% deviation for true 
Fickian diffusion. Therefore, the diffusion 
coefficient, D, can be calculated from initial 
linear slope of the curves [5-8, 11-14]. 

3 Experiments 

3.1 Material  

l Iso-phthalic acid type unsaturated polyester 
resin with 6% of cobalt naphthenate (Rigolac 
2141B, Showa Denko K.K.) 
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The ratio of resin and MEKPO was 100:1. A mixing 
procedure was 600 phr for 2 minutes following by 
de-gas process for 10 minutes. A curing method was 
50˚C for 6 hours and 100˚C for 6 hours. After 
finishing curing procedure to make 2mm thick plate, 
specimen was prepared as 25x60x2 mm, and then 
dried at 50˚C for 10 days to ensure that the 
remaining moisture was removed and weight was 
not changed before carried out an experimental. 
Shape and dimension of specimen are shown in 
Fig.2.  
 

 
Fig. 2. A dimension of prepared specimen. 
 

3.2 Diffusion study 

3.2.1 Moisture absorption 
To measure the change of weight, each specimen 

was removed from the environment conditioning 
chamber, then whipped out by paper before 
measuring weight change. The moisture uptake or 
percent weight gain was calculated by equation (5). 

Mass uptake (%) = (Mt-M0)/M0 x100 (5) 

 
where  Mt = Mass uptake of water at time t 

M0 = Dry weight of the initial sample 
3.3 Conditioning solution temperature 
3.3.1 Thermal cyclic condition 

To study about the effect of cyclic solution 
temperature on polymeric material, new chamber for 
immersion test has been developed to control 
temperature of solution which shown in Fig. 3 and 4. 
A solution temperature is heated up by mantle heater 
and cooled by cooling coil which surround the 
vessel. This cooling coil and condenser was 
connected to cooling water circulator system that 

kept at 20˚C. In Fig. 5, it shows a heating/cooling 
rate of one cyclic segment which is set to fluctuate 
from 40˚C to 80˚C in 4 hours. Each conditioning 
temperature was kept for 1 hour, and both increasing 
and decreasing period were set to be 1 hour. 
According to a day and night time, this study carried 
out by three cyclic segments, 4 hours per segment as 
mentioned above, and following by keeping 20C for 
12hours which totally equals to 24 hours, as shown 
in Fig. 6. However, it is still difficult to control a 
solution temperature to follow with just desired 
temperature. Furthermore, inside of this chamber  
contained specimens under both liquid phase 
(immersion) and vapor phase (evaporation) in order 
to investigate the mass uptake and mechanical 
properties in each sphase.  

 

 
Fig. 3. The overall design of new testing chamber. 
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Fig. 4. The new designed chamber to control temperature 
of solution. 

 
Fig. 5. Schematic diagram of a thermal cycle containing 
two isothermal holds and two dynamic heating/cooilng 
segments. 
 

 
Fig. 6. Schematic diagram of a thermal cyclic condition 
for twenty four hours. 
 
3.3.2 Isothermal condition 

For the isothermal condition, a solution 
temperature was constantly kept in a water bath. A 
glass container contained solution and specimens. 
Specimens were supported by fluororesin tube in 
both liquid and vapor phase, as shown in Fig. 7. 

3.4 Mechanical Property 

     Flexural properties; elastic modulus and strength 
were used to examine mechanical properties of 

ageing sample at different time according to ASTM 
D790 (by Shimadzu Autograph AGS-1KNJ machine, 
crosshead speed at 2 mm/min). Flexural test was 
performed at room temperature after specimens 
placed in room about 4 hours when temperature 
return close to atmosphere. 

 
 

 
Fig. 7. The water bath used to study the effect of 
isothermal condition. 
 
3.5 Fracture surface morphology 

The technique of scanning electron microscopy 
(SEM) is the most widely used method of studying 
fracture surface morphology. SEM observation on 
cross-section of specimen after performing bending 
test was conducted. A magnification was varied 
from 20-200µm. 

4 Results and discussion  

4.1 Water absorption 

    To observe the effect of water absorption under 
isothermal and cyclic solution condition, weight 
change of specimen was examined. Isothermal 
condition was kept at 60˚C and 80˚C. Cyclic 
solution temperature was fluctuated between from 
40˚C to 80˚C. 

4.1.1 Mass uptake by water solution 

     Fig. 8 showed the percentage of mass uptake by 
isothermal at 60˚C and 80˚C condition. The results 
showed that the rate of mass uptake by isothermal 
condition on both liquid and vapor phases at early 
stage are nearly the same. Moreover, the percentage 
of mass uptake at saturation of both liquid phase and 
vapor phase by isothermal at 80˚C was also similar. 
However, the percentage of mass uptake of 
specimen by isothermal at 80˚C was higher than 
specimen by isothermal at 60˚C. Since water at 
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higher temperature possess higher energy to 
penetrate into free volume of polymer.  

 

 
Fig. 8. The percentage of mass uptake by water solution 
under liquid phase and vapor phase by isothermal 
condition at 60˚C and 80˚C. 

     Fig. 9 showed the results of mass uptake under 
cyclic solution temperature in liquid and vapor phase. 
Water temperature under cyclic solution temperature 
was fluctuated between 40˚C to 80˚C for 12 hours 
and keeping stable at 20˚C for 12 hours as 1 cycle. 
The rate of mass uptake was gradually increased 
with increasing time, and then the rate of mass 
uptake was slightly lower after 48 hours. The 
percentage of mass uptake of specimen under liquid 
phase by cyclic solution temperature was almost 
stable after 100 hours, but specimen under vapor 
phase still increased. However, the rate of mass 
uptake by isothermal condition was higher than by 
cyclic solution temperature.  

4.2 Mechanical properties  

4.2.1 Isothermal & cyclic solution condition 

     Fig. 10 shows that flexural strength of specimens 
under liquid phase by both isothermal and cyclic 
solution temperature condition. Two lines indicate 
same tendency that both flexural strengths under 
isothermal and cyclic solution temperature were 

immediately decreased and to be stable after 48 
hours. The decreasing in flexural strength would be 
explained that after materials absorbed some water, 
then interchain of hydrogen bonding was reduced or 
scissor by absorbed water. Adamson [17] explained 
that when water is absorbed by a polymeric material, 
the comparatively small water molecules must either 
occupy the free volume of the epoxy or swell the 
polymer. Hahn [18] reported that the absorbed water 
produces relatively little swelling, which can weaken 
a material performance, until reaching saturation 
stage. 

 

 
Fig. 9. The percentage of mass uptake by water solution 
under liquid phase and vapor phase by thermal cyclic 
solution condition and cyclic solution temperature 
segment. 

     On the other hand, the result of specimens under 
vapor phase by both isothermal condition and cyclic 
solution temperature is shown in Fig. 11. The 
tendency of flexural strength of specimen under 
vapor phase by isothermal condition at 80˚C	 was 
similar to the result of specimen by liquid phase as 
the flexural strength is decreased and showed stable 
after mass uptake reaches near a saturation stage. 
However, the result of flexural strength of specimen 
under vapor phase by cyclic solution temperature 
showed slow decreasing with time. Since the 
percentage of mass uptake under vapor phase by 
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 6 

cyclic solution temperature has still not reached the 
saturation stage, so water or moisture can further 
diffuse into polymer structure. 

 
Fig. 10. Flexural strength under lquid phase by water 
solution. 

   
Fig. 11. Flexural strength under vapor phase by water 
solution. 
 
     The continue absorption might be assumed that 
would lower a performance of material. This 
absorbed water or moisture can extend to interact 
with hydrophilic site of polymer network that 
affected the interchain bonding of polymer.  
     On the other hand, the results of flexural modulus 
under liquid and vapor phase by both isothermal and 
cyclic solution temperature were only slightly 
decreased after long testing time, as shown in Figs. 

12 and 13. Since it is well known that unsaturated 
polyester has a highly crosslinked network. Hence, 
chain scission such as hydrolysis was not occurred at 
temperature. 
 

 
Fig. 12. Flexural modulus under liquid phase by water 
solution. 

 
Fig. 13. Flexural modulus under vapor phase by water 
solution. 

4.3 Morphology study  

     Figs. 14 and 15 showed the cross-section 
morphology of specimen under vapor phase by 
cyclic solution temperature at 24, 48 and 192 hours. 
     For fracture surface in Fig. 14 at early stage 
(straight slope line of the percentage of mass uptake 
as shown in Fig.8), uniformly flat surface can be 
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observed at the tension side, but difference layer at 
compression side. However, after the rate of mass 
uptake was lower, as shown in Fig. 15, the fracture 
surface on tension side showed a white layer near 

the surface of cross-section. When this white layer 
was enlarged, microcavities and microvoids can be 
detected.  
 

 
Fig. 14. The cross section morphology under vapor phase by cyclic solution temperature at 24 hours. 
 

 
Fig. 15. The specimen`s cross section fracture morphology under vapor phase by cyclic solution temperature at 48 and 192 
hours. 
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5. Conclusions and Discussions 

     An extensive study on the effect of cyclic 
solution temperature on polymeric material was 
conducted. The specimens were examined under 
fluctuated solution temperature condition and 
compared with isothermal immersion tests. Basically, 
vapor phase is more sensitive when atmospheric 
temperature change than liquid phase. Since vapor 
phase has lower heat capacity, so vapor phase is 
more sensitive to the outside temperature change. 
The sudden change in temperature was assumed to 
decrease a performance of material as the failure of 
rooftop of chemical tank was reported. Although 
many researchers reported that a material under 
liquid phase might decrease the properties more than 
vapor phase. Moreover, a rate of polymeric material 
degradation may faster if solution temperature is 
increased. However, a little researcher reported 
about the cyclic solution temperature condition on 
polymeric material. 

     According to the results of mass uptake in Figs. 8 
and 9, the mass uptake of specimens under vapor 
phase by cyclic solution temperature was not 
reached the saturation stage even near 200 hours, 
compared with other results that can observe a 
saturation stage. This could be that evaporated water 
in vapor phase during heating/cooling can condense 
into a liquid on the surface of specimen, so further 
moisture or water can penetrate into polymer. The 
flexural strength of specimens under vapor phase by 
cyclic solution temperature was slightly decreased 
and lower than the flexural strength of specimen 
under liquid phase and both liquid and vapor phase 
by isothermal condition at 80˚C, as shown in Fig. 10 
and 11. This found out can point out the failure of 
rooftop of chemical storage tank that can be affected 
by the effect of cyclic solution temperature. As it 
showed weaken in a performance of material in 
vapor phase, compared with liquid phase.  
Nevertheless, the fracture morphology of specimen’s 
cross-section can detected microcavities and 
microvoids that crack can easily propagate near the 
inner surface of specimen’s cross-section, as shown 
in Fig. 14 and 15.  
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1 Introduction  
Eigenstrain is a generic name for nonelastic strains 
such as hygrothermal expansion and misfit strains; 
the stress caused by the eigenstrain is called 
eigenstress, accordingly. Eigenstrain problem is 
significant specifically in media including 
microstructural imperfection of non-homogeneity or 
inclusion [1]. Furthermore, subjecting an electrically 
conducting composite with external magnetic field 
induces Lorentz force in the medium which changes 
the magnetoelastic responses of the multifield media 
[2]. Due to the application of composites in the 
presence of magnetic field in geophysics and optics, 
magnetoelastic analysis of composites is of great 
significance. 
 
There exist a bunch of investigations in the literature 
on the classical micromechanical problem of 
eigenstrain in media with inclusion or non-
homogeneity. The hygrothermal effects on the fiber 
composites by simulating the physical problem with 
a prescribed, constant axial eigenstrain to the fiber 
material were studied by Takao et al. [3]. Mikata and 
Nemat-Nasser [4] acquired an exact closed-form 
solution for the interaction of a harmonic wave with 
a dynamic inhomogeneity. The time-harmonic 
elastic field caused by an infinitely long circular 
cylindrical inclusion was obtained by Cheng and 
Batra [5]. Pan [6] studied the two-dimensional 
Eshelby problem in anisotropic piezoelectric 
biomaterials with uniform eigenstrain and 
eigenelectric fields. A closed form solution for the 
elastic field of an elliptical inhomogeneity with a 
quadratic polynomial eigenstrain using the principle 
of minimum potential energy was obtained by Guo 
et al. [7]. Hassan et al. [8] developed a 

micromechanical model for smart three-dimensional 
composite structures reinforced by a periodic grid of 
generally cylindrical reinforcement which also 
exhibit the piezoelectric behavior. Akbarzadeh and 
Chen [9] provided an analytical solution for 
magnetoelastic analysis of multi-layered and 
functionally graded (FG) composite cylinders with 
embedded time-harmonic eigenstrain.  
 
Magnetoelasticity has also attracted much interests 
among researchers in the field of smart composites. 
Wang and Ding [10] investigated the radial vibration 
of a multilayered piezoelectric/magnetostrictive 
composite hollow sphere with perfectly bonded 
interfaces. Dai and Wang [11] presented an 
analytical solution  for a piezoelectric hollow 
cylinder under magnetic, thermal, electrical, and 
mechanical loading. Dai et al. [12] also obtained an 
analytical solution for electromagnetoelastic 
behavior of functionally graded piezoelectric 
material (FGPM) solid cylinder and sphere subjected 
to a uniform magnetic field, external pressure, and 
electric loading. Loghman and Moradi [13] 
investigated the time-dependent creep responses of a 
an FGPM sphere subjected to an internal pressure, a 
uniform temperature rise, and the electromagnetic 
field. The magnetoelectroelastic responses of 
rotating and radially polarized cylinders induced by 
different hygrothermal and mechanical boundary 
conditions were studied by Akbarzadeh and Chen 
[14].  
 
The present work obtains analytical solutions for 
magnetoelastic responses of an infinitely-long bi-
layered composite cylinder with embedded 
polynomial eigenstrain in the internal core. Time-
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harmonic responses are acquired for the composite 
cylinder with quadratic polynomial and dynamic 
eigenstrain and subjected with external magnetic 
field. The closed form solutions for displacement 
and stress components are found in terms of Bessel 
and Struve functions. The effects of magnetic and 
dynamic eigenstrain on the magnetoelastic are also 
investigated. 
 

2 Governing Equations: 

The governing equations for magnetoelastic 
responses of a bi-layered infinitely-long composite 
cylinders with embedded harmonic eigenstrain are 
given in this section.  
 
Consider an infinitely long bi-layered cylinder 
subjected to an external constant magnetic field zH  
in the cylindrical coordinate ),,( zr θ . The outer 
radius of the internal and external layer are, 
respectively, 1R  and 2R . The internal core 
experiences an axisymmetric, radially varying, and 
time-harmonic eigenstrain with angular frequency 
ω  as follows [15]:  

ti
jkjk erArAAtr ωδε −++= )(),( 2

210

)1(*    (1) 

where jkδ )3,2,1,( =kj is Kronecker delta, 

)2,1,0( =lAl
 are the coefficients for the quadratic 

polynomial of eigenstrain, and 1−=i . Moreover, 
r  and t  stand for the radial coordinate and time. 

The total strain )(k
ijε  is considered as the summation 

of the elastic strain )(k
ije  and eigenstrain )*( k

ijε : 
)*()()( k

ij
k

ij
k

ij e εε +=                          (2) 

in which the superscript 2,1=k  represents for the 
internal and external layers of composite cylinder. 
Using Hooke’s law, elastic strain is related to stress 

)(k
ijσ  as follows: 
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where ijklC  )3,2,1,,,( =lkji  are elastic moduli. 

The constitutive equation (3) is simplified for 
axisymmetric and plane-strain problems as follows: 

)))(1(

)1((
21

2

2
2101

)1(

1

)1(
,1

1

1)1(

ti

rrr

erArAA
r

u

u

ωνν

ν
ν

µσ

−+++−

+−
−

=
 

)))(1()1(

(
21

2

2
2101

)1(

1

)1(
,1

1

1)1(

ti

r

erArAA
r

u

u

ω

θθ

νν

ν
ν

µσ

−+++−−

+
−

=
 

)))(1(

(
21

2

2
2101

)1(

1

)1(
,1

1

1)1(

ti

rzz

erArAA
r

u

u

ωνν

ν
ν

µσ

−+++−

+
−

=
 

))1((
21

2 )2(

2
)2(

,2
2

2)2(

r

u
u rrr νν

ν
µσ +−

−
=  

))1((
21

2 )2(

2
)2(

,2
2

2)2(

r

u
u r νν

ν
µσθθ −+

−
=  

)(
21

2 )2(
)2(

,
2

22)2(

r

u
u rzz +

−
=

ν
νµσ  

(4) 
 The equation of motion for an electrically 
conducting solid in the presence of Lorentz force is 
[16]: 
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,
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,

k
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k
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in which )(k
if  and )(kρ  are, respectively, the 

Lorentz force and density. Eq. (4) can be rewritten 
for axisymmetric problems as follows [17]: 
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(6) 
where kµ′  represents for the magnetic permeability. 

 

3 Solution Procedures 

Due to the harmonic eigenstrain equation (1), 
displacement could be expressed as:  

tikk erutru ω−= )(),( )()(                (7) 
Similar time-harmonic form could be assumed for 
stress components. Using Eqs. (4) and (6), the 
following magnetoelastic governing differential 
equations are obtained for the composite layer:  
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The governing differential equations (8) are 
analytically solved by Bessel and Struve functions. 
The solutions are expressed as: 
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in which )4,3,2,1( =nCn
 is the integration constants 

and 1J  and 1Y  are first-order Bessel functions of the 
first and second kind; 1H  is Struve H  function of 

the first-order. The Struve function )(rHv  may be 

defined in the following power series [18]: 
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whereΓ  stands for Gamma function and v  is the 
order of Struve function. 
 
To accomplish the solution procedure, the 
integration constants in Eq. (10) should be 
determined by satisfying boundary conditions. The 
boundary conditions for the perfectly bonded 
composite cylinder is defined as follows: 

)0()1( =ru  is finite 

)()( 1
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1
)2( RruRru ===  

)()( 1
)2(

1
)1( RrRr rrrr === σσ  

0)( 2
)2( == Rrrrσ                      (12) 

in which rrσ  is defined in the same form of u in Eq. 
(7). Due to the singularity of the Bessel function of 
the second kind at 0=r , the first boundary 
condition of Eq. (12) results in 01 =C . The other 
three boundary conditions lead to the algebraic 

equation for determining the integration constants as 
follows: 

ijij FCK =  ( 4,3,2, =ji ) 

(13) 
The components of ijK  and iF  have been specified 

in Appendix. The stress components are obtained by 
employing Eqs. (4) and (10). The radial stresses for 
the internal and external layers are:  
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(14) 
The hoop and axial stresses components are 
respectively given as follows: 
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4 Results and Discussion 

The numerical results are presented in this section 
for magnetoelastic responses of bi-layered 
composite infinitely-long cylinders with embedded 
time-harmonic and quadratic polynomial eigenstrain. 
The influence of external magnetic field, angular 
frequency, and polynomial eigenstrain on the radial 
displacement, radial stress, hoop stress, and axial 
stress distribution is investigated.  
 
The inner layer of composite cylinder is assumed to 
be Steel, while the outer layer could be Steel or 
Aluminum. The material properties of layers could 
be found in Table 1. The magnetic permeability of 
two layers are assumed to be the same. The 
coefficients of eigenstrain polynomial are also taken 
to be unity 1)2,1,0( ==lAl  in order to focus on 

the effect of eigenstrain distribution on the 
magnetoelastic responses. 
 

Table 1 Material properties [19] 
Steel Aluminum Alloys 

PaE 910200×=  PaE 91070×=  

29.0=ν  33.0=ν  

3
31085.7

m

kg×=ρ  3
31071.2

m

kg×=ρ  

 
The displacement, stress components, and radial 
coordinate are depicted in the non-dimensional form 
as follows: 
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Figure 1 depicts the effect of uniform non-

dimensional external magnetic field 
1

2
1

E

Hµα ′
= on 

the displacement and stress distributions of the bi-
layered composite cylinder subjected to harmonic 
eigenstrain with angular frequency 

)/(1000 srad=ω .  The outer radius of the internal 

and external layer are assumed to be 11 =R  and 

42 =R . The inner and outer layers of composite are 
composed, respectively, of Steel and Aluminum. As 
shown in Fig.1a, increasing the magnetic field 
enhances the radial displacement. Similarly, 
increasing the magnetic field increases the radial, 
hoop, and axial stresses on the axis of the cylinder, 
as seen in Figs. 1b through 1d. 

 
(a) 
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5  

 
(b)

 
(c) 

 
(d) 

Fig. 1. Effect of external magnetic field on: (a) radial 
displacement, (b) radial stress, (c) hoop stress, and 

(d) axial stress distribution 
 

The effect of angular frequency ω  of the embedded 
harmonic eigenstrain on the magnetoelastic behavior 
of composite cylinder with 11 =R  and 22 =R  are 
depicted in Fig. 2. The cylinder is exposed to the 
uniform magnetic field 1=α . In this figure, 0=ω  
represents the static eigenstrain. 
 
It is assumed that the internal layer undergoes a 
quadratic polynomial eigenstrain. Although lower 
values of angular frequencies do not disturb the 
magnetoelastic responses significantly, increasing 
the angular frequency enhances the radial 

displacement and tensile radial stress, hoop stress, 
and axial stress throughout the cylinder.  
 

 
(a) 

 
(b) 

 
(c) 
 

 
(d) 

Fig. 2. Effect of angular frequency on: (a) radial 
displacement, (b) radial stress, (c) hoop stress, and 

(d) axial stress distribution 
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The effect of eigenstrain distribution on the 
magnetoelastic responses are shown in Fig. 3 for 
a bi-layered composite cylinder with an 
embedded time-harmonic eigenstrain 

)/(1000 srad=ω  and subjected to a 

constant magnetic field  1=α . The bi-layered 
cylinder is assumed to be constructed of the 
same material which is Steel. As seen in Figs. 3a 
through 3d, the radial displacement and radial 
stresses are continuous on the interface of the 
layers; however, the hoop and axial stresses are 
discontinuous due to the existence of 
eigenstrain. Higher orders of the polynomial 
eigenstrain lead to higher radial displacement 
and compressive radial stresses on the interface 
of the two layers, as depicted in Figs. 3a and 3b . 
Furthermore, the eigenstrain distribution of 
eigenstrain change the hoop stress distribution 
throughout the cylinder; nonetheless, the effect 
of polynomial eigenstrain on axial stress 
distribution through the outer layer is not 
considerable. 

 
(a) 

 
(b) 

 
(c) 

 
(d) 

Fig. 3. Effect of polynomial eigenstrain on: (a) radial 
displacement, (b) radial stress, (c) hoop stress, and 

(d) axial stress distribution 
 

5 Conclusions 

A closed form solution is sought in this paper for the 
time-harmonic eigenstrain problem in a 
magnetoelastic bi-layered cylinder with plane strain 
condition. The eigenstrain distribution is assumed to 
be of quadratic polynomial. Using Bessel and Struve 
functions, analytical solutions are found for radial 
displacement and stress components. As results 
reveal, the presence of external magnetic field has 
significant effect on the magnetoelastic response 
specially on the internal layer with eigenstrain 
distribution. Furthermore, the angular frequency of 
eigenstrain and the distribution of the eigenstrain 
could disturb the structural magnetoelastic 
responses, remarkably. 
 
Appendix 
The components of ijK  and iF  in Eq. (13) are given 

as follows: 
)( 11122 RaJK =  
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1. Introduction  

The mechanical strength of a structural 

composite is strongly affected by the strength and 

toughness of the interface achieved between the 

continuous matrix phase, or resin, and the re-

inforcing phase, normally consisting of multiple 

arrays of carbon or glass fibers. [1] Interfacial shear 

strength (IFSS) is the accepted parameter for 

quantifying the strength of the matrix-fiber interface. 

However, the value of IFSS is not directly accessible 

by measurement and must be approximated 

indirectly from other data. 

One mechanical test which generates such data 

is the single fiber fragmentation test (SFFT). [2-4] In 

SFFT, a single fiber is embedded in a thermoset 

resin. Once fabricated, the composite specimen is 

strained under tensile conditions in timed increments. 

During this strain process, breaks occur in the fiber 

to relieve stress on the composite. As the test 

progresses, more breaks occur in the fiber until a 

time is reached where no further breaks occur. This 

point represents the stress saturation of the fiber. 

Further deformation on the specimen after this point 

results in no additional breaks. By recording the 

overall strain and load on the fiber at saturation, as 

well as the number of breaks and break fragment 

lengths, an approximate calculation for the 

interfacial shear strength may be made using an 

elementary mechanical force balance.  

In this paper we extend the SFFT technique to 

multiple fiber arrays (multi fiber fragmentation test 

MFFT) to more closely study the effect of fiber-fiber 

interactions on stress transfer and simplifying 

assumptions about the matrix. We use MFFT       

data obtained from a conventional epoxy / E-glass 

system to show that the spatial distribution of fiber 

breaks along the axes of fibers in close bundles is  

 

 

fitted best by a Uniform rather than a Weibull 

distribution.   

A representative statistical distribution of break 

fragment lengths can improve the accuracy of 

calculations for local and global IFSS in 

micromechanical specimens. 

2. Materials and Methods† 

Diglycidyl ether of bisphenol-A (DGEBA, 

Epon 828, Shell Co.) 1,4 butanediol diglycidyl ether, 

(DGEBD, RD-2, Ciba-Geigy) and metaphenylene 

diamine, (m-PDA, Fluka Chemical Co.) were used 

in the mass fraction ratio 100:25.1:20.6 for the 

matrx. E-glass fibers treated with 3-amino propyl 

triethoxysilane (A-1100) were used. 

Multi-fiber fragmentation specimens (dogbones) 

were made using the procedure for a single fiber 

described by Drzal. [5] The resin mixture was cured 

for 3 h at 60 °C and 2 h at 125 °C. 

These specimens were then mounted in a 

custom-built Multi-Fiber Fragmentation Tester. [6] 

Using the automatic loading device, the 

fragmentation specimen was deformed by sequential 

increments (step strains) with a loading rate of 0.85 

mm/min. To achieve a strain of greater than 8 %, 35 

steps were performed. The time interval between 

loading steps was either 10 min or 1 h.  Interval 

censored data were obtained by taking an image of 

the specimen after each loading step using a digital 

camera (25x magnification). Break locations in each 

photograph were digitized manually using the 

Digimizer software. 

The break coordinate data were then fitted to 

a number of statistical distributions to determine 

their goodness-of-fit. Although the most commonly 

used distribution is the two-parameter Weibull 

distribution, we attempted to fit the data with a 
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Uniform distribution based on previous findings for 

SFFT. [3] The expected locations of the fiber break 

centroids may be calculated using appropriate 

formulas for the Uniform and Weibull distributions. 

[7, 8] 

3. Results and Discussion  

The first result from the MFFT is the 

distribution of breaks in the fiber or fibers of 

interest. This is because break location and break 

length are key variables in the calculation of 

interfacial shear strength. For example, the change in 

break distribution of a single control fiber subjected 

to ten minute strain increments over 360 min is 

shown in Figure 1. The sorted break locations (y 

axis) are plotted against the percentiles of a uniform 

distribution (x axis). It can be seen that there is a 

tighter adherence of all points to the 45° test line 

with test time, and a progressively increasing value 

for the Pearson probability correlation coefficient, 

(PPCC), from 0.9993 at 200 min to 0.9996 at 360 

min, demonstrating the uniformity of the spatial 

distribution of breaks on the single fiber. A 

satisfactory PPCC value is considered to be greater 

than 0.99. 

 

Corresponding graphs for the individual 

fibers of a six-fiber bundle are shown in Figures 2 to 

7. Once more, it can be seen that for each of these 

fibers, there is a tighter adherence of all points to a 

45° test line with test time, and a progressively 

increasing value for the PPCC.  

 

4. Conclusion 

A multi-fiber fragmentation test has been 

applied to parallel arrays of E-glass fibers under uni-

axial tension embedded in a DGEBA matrix. The 

adherence of the distribution to uniform behavior is 

measured using PPCC that are higher than those 

obtained when using either two- or three- parameter 

Weibull models to describe the same distribution. 

This represents a significant departure from previous 

descriptions of such multi-fiber systems in the 

literature. The PPCC of the probability plots with 

uniform distribution was significantly high ranging 

from 0.9993 to 0.9996, and this has revealed an 

underlying uniform spatial distribution of fiber 

breaks in each individual fiber. Further analyses are 

being performed to more precisely compare the use 

of the Uniform distribution with the two-parameter 

Weibull distribution in MFFT systems.  
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Break Co-ordinates / [µm] 

Figure 1 Uniform Plot for break locations of a single fiber every ten minutes for 360 minutes. Actual 

break co-ordinates (Y-axis) are plotted against co-ordinates calculated for a Uniform break centroid 

distribution (X-axis). Final plot (bottom right, Load 0) plots co-ordinates for Stage 35 when specimen has 

been relaxed from its final deformation. 
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Break Co-ordinates / [µm] 

Figure 2 Uniform Plot for break locations of Fiber 1 in a six fiber bundle every ten minutes for 360 

minutes. Actual break co-ordinates (Y-axis) are plotted against co-ordinates calculated for a Uniform 

break centroid distribution (X-axis). Final plot (bottom right, Load 0) plots co-ordinates for Stage 35 

when specimen has been relaxed from its final deformation. 
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Break Co-ordinates / [µm] 

Figure 3 Uniform Plot for break locations of Fiber 2 in a six fiber bundle every ten minutes for 360 

minutes. Actual break co-ordinates (Y-axis) are plotted against co-ordinates calculated for a Uniform 

break centroid distribution (X-axis). Final plot (bottom right, Load 0) plots co-ordinates for Stage 35 

when specimen has been relaxed from its final deformation. 
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Break Co-ordinates / [µm] 

Figure 4 Uniform Plot for break locations of Fiber 3 in a six fiber bundle every ten minutes for 360 

minutes. Actual break co-ordinates (Y-axis) are plotted against co-ordinates calculated for a Uniform 

break centroid distribution (X-axis). Final plot (bottom right, Load 0) plots co-ordinates for Stage 35 

when specimen has been relaxed from its final deformation. 
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Break Co-ordinates / [µm] 

Figure 5 Uniform Plot for break locations of Fiber 4 in a six fiber bundle every ten minutes for 360 

minutes. Actual break co-ordinates (Y-axis) are plotted against co-ordinates calculated for a Uniform 

break centroid distribution (X-axis). Final plot (bottom right, Load 0) plots co-ordinates for Stage 35 

when specimen has been relaxed from its final deformation. 
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Break Co-ordinates / [µm] 

Figure 6 Uniform Plot for break locations of Fiber 5 in a six fiber bundle every ten minutes for 360 

minutes. Actual break co-ordinates (Y-axis) are plotted against co-ordinates calculated for a Uniform 

break centroid distribution (X-axis). Final plot (bottom right, Load 0) plots co-ordinates for Stage 35 

when specimen has been relaxed from its final deformation. 
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Break Co-ordinates / [µm] 

Figure 7 Uniform Plot for break locations of Fiber 6 in a six fiber bundle every ten minutes for 360 

minutes. Actual break co-ordinates (Y-axis) are plotted against co-ordinates calculated for a Uniform 

break centroid distribution (X-axis). Final plot (bottom right, Load 0) plots co-ordinates for Stage 35 

when specimen has been relaxed from its final deformation.
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1.0 General Introduction  

Design of ballistic composite materials is an 

expensive and tedious process. In most cases, design 

of truly “new” composite materials is done 

experimentally due to the expense involved in 

characterization of new composite materials required 

prior to conducting finite element (FE) simulation. 

The orthotropic nature of composite materials 

requires that the analyst conduct constitutive 

characterization in all 3 major axes as well as the 3 

shear directions. Compounding the issue are both 

progressive damage and rate sensitivity 

considerations, requiring even more characterization 

testing with specialized equipment and additional 

hardware. 

 

True numerical design of composite armor materials 

requires that the designer be able to reliably predict 

the mechanical properties of a composite with 

sufficient accuracy to estimate ballistic performance. 

To this end, under an effort funded by the Office of 

Naval Research, a program was initiated to develop 

and validate a multi-scale computer method to 

design armor composites numerically [1].  This 3 

year effort first validated the concept through 

numerical constitutive characterization of a simple 

composite system, the HJ-1 (S2Glass/phenolic) 

composite armor system. In the next phase, a library 

of constitutive parameters for bare fibers and pure 

resin materials was generated. In the final phase, a 

composite was numerically designed and validated 

through ballistic testing.  

2.0 Materials Characterization 

While the method described here relies heavily on 

simulation, constitutive material models for the bare 

fiber and resin were required as inputs. Constitutive 

models for the laminating resin were developed 

using characterization testing at strain rates from 

0.0001 s
-1

 to 3,500 s
-1

 using standard servo-hydraulic 

equipment and a compressive split-Hopkinson bar.  

Characterization of the phenolic resin component of 

the HJ-1 composite system proved exceedingly 

difficult as water vapor (steam) generation during 

the curing process made containment of the phenolic 

difficult. Through the use of a 3 ton press and small 

mold, small sticks of pure phenolic resin were able 

to be cured. From these sticks, the specimens shown 

in Figure 1, were   machined. Due to the brittleness 

of the phenolic resin, as well as impurities caused by 

the H20 formation, a high scrap rate was seen. 

 

 

Figure 1. Example specimens used for characterization of 

pure Lewcott Phenolic resin. 

 

Characterization tests were conducted using the 

specimens in Figure 1 to develop a series of stress 

strain curves for the phenolic material, shown in 

Figure 2. The stress-strain response of the phenolic 

resin shows significant sensitivity to strain rate. The 

data were then tabulated for use in the 
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*MAT_RATE_DEPENDENT_PLASTICITY model 

in LS-Dyna.    

 

 

Figure 2 Stress-strain response of Lewcott Phenolic Resin 

vs strain rate (compression). 

 

The fiber constitutive material models were 

developed through a combination of testing and 

simulation. Molecular modeling was used to 

determine the transverse properties of the 

individual filaments (shear moduli, transverse 

modulus), and standard tensile testing was used 

to determine the axial properties. Tensile testing 

of the fibers required a custom designed split-

Hopkinson bar fixture (Figure 3).  

 

 

Figure 3 (a) The test specimen holder caps are set in the 

saddle and fibers are wound. (b) Specimen caps are put 

together and fixed using the saddle cap. (c) The specimen 

is attached to the tension SHB apparatus. (d) The saddle is 

removed just before specimen testing. 

The custom designed fixture, due to its complex 

loading method, creates stress concentrations in the 

fiber bundle as it is wound around the pins. Also, an 

accurate measure of the gauge section length is 

difficult to determine. To this end, the data from the 

fiber fixture is used to provide a scaling factor to 

traditionally acquired data for the same fiber using a 

standard fiber strand test. Examples of the rate 

sensitivity curves for the fiber modulus and ultimate 

stress are shown in Figure 4 and Figure 5, 

respectively. A comparison of the stress strain data 

collected using the fiber fixture, including both 

servo-hydraulic and Hopkinson-bar data is shown in 

Figure 6. 

 

Figure 4. Example of Kevlar (tm) fiber modulus rate 

sensitivity. 

 

 

Figure 5. Example of Kevlar (tm) fiber modulus rate 

sensitivity 
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Figure 6. Stress-strain data collected for Kevlar fiber 

using the fiber fixture. 

While tensile testing was used to determine the axial 

properties of the fibers, the transverse and shear 

properties of the fibers were much more difficult to 

determine experimentally. To this end, molecular 

modeling was used to determine the constitutive 

parameters for the filaments simulated in the micro-

scale model. 

 

3.0 Multi-Scale Method 

The multi-scale modeling method employs computer 

simulation at various scales to ultimately develop a 

constitutive continuum model for a single ply of a 

composite.  

 

Initially, a simulation (micro-scale) is built of bare 

composite filaments in pure resin. An example of 

this unit cell model is shown in Figure 7. Bonding 

between the pure resin and fiber materials can be 

handled through tying of the boundary nodes, 

allowing debonding only at the point of resin failure, 

or thorough tied contact with a programmed failure 

stress. The unit cell is deformed in series of 

numerical characterization experiments to determine 

the orthotropic material properties of the unit cell 

through the use of various constraints, and 

programmed deformations. 

 

Figure 7 Example of micro-scale unit cell model. 

Within the micro-scale unit cell model, variables 

such as fiber content, resin materials, fiber pullout 

stress, and angle of twist (requiring a significantly 

larger simulation than shown in Figure 7) can be 

investigated.  

 

The results of the micro-scale simulations are then 

processed to create a constitutive model for the resin 

impregnated fiber bundle (IFB). This constitutive 

model provides a continuum approximation for the 

IFB simulated in the micro-scale simulation.  

 

This data is then used in one of two ways. In the 

case of a uni-directional (UD) composite, the data 

can be used directly to simulate a UD ply in the 

intended composite material design. In the case of a 

woven composite, the data is used to populate the 

material model for the fiber rich, IFB portions of the 

meso scale model, green and yellow materials in 

Figure 8. The red materials in the example model 

shown in Figure 8 are again modeled as pure resin. 

The simulation is then exercised similarly to the 

micro-scale simulation to determine an orthotropic 

set of material properties for the single woven ply. 

These data can then be used to simulate the final 

woven composite in any number of applications. 
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Figure 8 Example of meso-scale model. 

4.0 HJ-1 Validation  

The simulation method was first validated in 2009 

under this effort using the HJ-1 composite system. 

This composite was chosen for multiple reasons. 

First, under a different effort, Battelle had generated 

a constitutive model for HJ-1 using traditional 

mechanical testing, providing a basis for validation. 

Second, because the fibers in the HJ-1 composite 

system are S2-Glass, the fibers could be assumed to 

be isotropic, significantly simplifying the micro-

scale simulations.  

 

Micro-scale simulations were run using the 

constitutive data presented in Table 1 and Table 2, 

below. Delamination between the explicitly modeled 

filaments and the pure resin regions in the unit cell 

model was handled through tiebreak contact. It was 

assumed that delamination occurred at the onset of 

plastic deformation within the resin. Therefore, the 

delamination stress within the tiebreak contact was 

set to the yield stress of the resin. Further, based on 

the average HJ-1 density and simple geometric 

calculations estimating the fiber bundle dimensions, 

a fiber content of 75% was assumed for the micro-

scale unit cell model.  

 

Table 1. Rate dependent plasticity data for Lewcott 

phenolic resin. 

Density 

(gm/mm
3
)

Strain Rate 

(s
-1

)

Elastic 

Modulus 

(GPa)

 Yield 

Stress 

(MPa)

Tangent 

Modulus 

(MPa)

2.00E-04 1.02 55 94

1 1.64 95 587

1.94E+03 2.08 150 755

4.12E+03 3.02 167 1264

1.96E+04 21.2 197 3

1.19E-03

 

Table 2. Isotropic constitutive data used for S2-Glass 

filament simulation. 

Elastic 

Modulus 

(GPa)

Density 

(gm/mm
3
)

Poisson's 

Ratio

Failure 

Stress 

(GPa)

Fiber Dia 

(μm)

85.5 2.49E-03 0.2 2.5 9.144

 

The micro-scale unit cell model was exercised to 

develop an orthotropic material model for the 

phenolic resin impregnated S2-Glass fiber bundle 

(IFB) in the HJ-1 composite. The constitutive model 

generated (*MAT_162) is presented below in Table 

3. As expected, the axial properties of the fiber 

bundle are dominated by the S2-Glass properties. 

The transverse directions are more complicated. The 

high through-thickness modulus of the fiber drives 

the transverse modulus, while the high strength of 

the fiber is only seen in the transverse compressive 

failure stress. The shear properties of the IFB show 

interesting properties as well, the two longitudinal 

shear moduli appear to be dominated by the high 

strength and rigidity of the fiber, while the 

transverse shear mode is dominated by the resin 

properties and bond strength between the resin and 

fiber. 

 

Table 3. Orthotropic characterization parameters for the 

S2-Glass / Phenolic IFB (75% S2-Glass). 

Rho 

(gm/mm
3
)

Ea (GPa) Eb (GPa) Ec (GPa)

2.29E-03 70.8 30.9 30.9

PRba PRca PRcb

0.075 0.075 0.38

Gab     

(GPa)

Gbc 

(GPa)

Gca 

(GPa)

14.4 2.3 14.4

SaT       

(MPa)

SaC 

(MPa)

SbT 

(MPa)

SbC 

(MPa)

1875 1875 400 2040

Sab        

(MPa)

Sbc 

(MPa)
Sca (MPa)

1200 108 1200

ScT         

(MPa)

SFC 

(MPa)

SFS 

(MPa)

400 2040 N/A
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The data from the micro scale model was then used 

to populate the IFB portions of the meso-scale 

model. The resin rich portions of this model were 

populated with data from Table 1. The specific 

geometry of the woven fabric was created using 

measurements of HJ-1 composite panels at Battelle. 

The interaction between different fiber bundles, as 

well as between the fiber bundles and the resin rich 

regions is handled using the *MAT_162 internal 

delamination routines. 

 

The IFB element geometry was setup such that the 

axial fiber direction did not need to be defined 

explicitly, in other words, material direction was 

defined by the element connectivity. While multiple 

methods were investigated for defining the material 

directions, the most robust and simple one was to 

define each IFB as a separate part with element 

connectivity, such that the fiber direction need not 

be defined within the material model.  

 

Much like the micro-scale model, the meso-scale 

model was exercised to develop a series of stress 

strain relations so that a constitutive material model 

could be generated for a single ply of HJ-1. The 

constitutive model that was developed, and its 

comparison with experimental data is presented in 

Table 4. 

Table 4. Final numerical characterization results for the 

HJ-1 composite system with comparisons to actual 

experimental data. 

HJ-1
Rho 

(gm/mm
3
)

Ea 

(GPa)

Eb 

(GPa)

Ec 

(GPa)

Numerical 1.94E-03 30.6 30.6 5.82

Experimental 1.90E-03 32.4 32.4 6.1

PRba PRca PRcb

Numerical 0.1 0.1 0.1

Experimental N/A N/A N/A

Gab (GPa)
Gbc 

(GPa)

Gca 

(GPa)

Numerical 5.39 0.453 0.453

Experimental 7.4 0.2 0.2

SaT (MPa)
SaC 

(MPa)

SbT 

(MPa)

SbC 

(MPa)

Numerical 562.5 300 562.5 300

Experimental 500 N/A 500 N/A

Sab (MPa)
Sbc 

(MPa)

Sca 

(MPa)

Numerical 147 41.7 41.7

Experimental 40.8 26.2 26.2

ScT (MPa)
SFC 

(MPa)

SFS 

(MPa)

Numerical 250 1110 325

Experimental N/A 1020 200

 

As shown in the table, the multi-scale computer 

simulation excelled in predicting the in-plane 

properties of the composite. The three principal 

moduli (A, B, C) were predicted with a great degree 

of accuracy. The tensile failure stresses for the 

primary in plane directions were also predicted well.  

The shear modulus prediction appears to provide a 

“ballpark” prediction of the shear parameters. 

Accuracy could be added to the shear predictions 

through incorporation of fiber pullout data, which 

would provide a much better base point for 

calculation of the delamination stresses in the meso-

scale model.  

6.0 Material Data Library  

In the next phase of the effort, constitutive data for a 

wide variety of fibers and resins was collected. The 

team collected constitutive data for Ultra-High 
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Molecular Weight Polyethylene (UHWMPE), 

Kevlar, PBO (As Spun or (AS)), S2-Glass, and 

Featherlight S2-Glass. The team also collected 

constitutive data on multiple epoxy as well as 

thermoplastic and phenolic resins.  

 

The experimental constitutive data for the resin 

materials was fit to appropriate material models. All 

of the resins, with the exception of the 

thermoplastic, fit the *RATE_DEPENDENT 

_PLASTICITY model quite well. The thermoplastic 

resin material was better suited to a rubber model.  

 

The experimental data for the fibers, as it only 

included the axial data, was augmented by the 

inclusion of molecular modeling to determine the 

transverse and shear properties of the filiaments, 

allowing orthotropic treatment of the filaments in the 

micro-scale models. 

 

7.0 Ballistic Validation  

The final phase of the effort was to validate the 

multi-scale simulation method through the design of 

a ballistic composite panel. For the effort, two PBO / 

Epoxy panels were designed and validated; woven 

and UD architectures were chosen. The simulations 

were compared to the experimental data through 

impact-residual velocity and pyramid half-

base/height measurement. The 17 grain right circular 

cylinder (RCC) fragment simulating projectile (FSP) 

was used for testing. 

 

The initial design effort focused on development of 

a unidirectional PBO composite. It was intended that 

two iterations of design / simulate / test would be 

completed to create an optimized UD PBO 

composite. Delays in manufacturing the UD PBO 

tapes required prevented that from being feasible, 

and a replacements material was sought for the first 

iteration. Therefore, for the first test iteration, woven 

PBO fabric that Battelle had in stock was used to 

press the first set of panels for validation.  

 

While the panels were being prepared, the multi-

scale simulation method was exercised to determine 

the mechanical properties of a single ply of woven 

PBO / Epoxy composite, the results are presented in  

Table 5. These parameters were then used to predict 

ballistic performance of the composite. Similarly to 

the HJ-1 simulations, measurements of the fabric, as 

well as its predicted compressibility, were used to 

generate the finite element (FE) geometry of the 

woven PBO fabric. 

Table 5. Simulation parameters used to simulate the 

woven PBO / Epoxy composite. 

Rho 

(gm/mm
3
)

Ea          

(GPa)

Eb         

(GPa)

Ec         

(GPa)

1.38E-03 31.5 31.5 4.58

Prba Prca PRcb

0.3 0.05 0.05

Gab (GPa)
Gbc 

(GPa)

Gca 

(GPa)

0.71 0.909 0.909

SaT (MPa)
SaC 

(MPa)

SbT 

(MPa)

SbC 

(MPa)

900 300 900 300

Sab (MPa)
Sbc 

(MPa)
Sca (MPa)

14.9 12 12

ScT (MPa)
SFC 

(MPa)

SFS 

(MPa)

60.2 1000 N/A
 

 

Shown in Figure 9, is that the simulations were able 

to not only predict the penetration velocity of the 17 

grain projectile, but the general slope of the impact 

velocity – residual velocity curve was also predicted.  
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Figure 9. Impact vs residual velocity plot for the woven 

PBO / Epoxy composite (testing courtesy of Southwest 

Research Institute (SwRI)). 

 
The pyramid half base predictions are shown in 

Figure 10 and Figure 11. As the images show, the 

simulations are able to predict the experimental 

results to within 2mm of deformation through the 

entire data collection. The pyramid half base 

comparison shows that the constitutive model (Table 

5) for the woven ply is able to adequately represent 

the axial sound speed of the ply. The pyramid height 

comparison shows that the constitutive model is 

adequately capturing the through-thickness sound 

speed of the composite.  

 

 

 

Figure 10. Pyramid half base measurements and 

simulation data for the woven PBO / Epoxy composite 

(testing courtesy of SwRI). 

 

 

Figure 11. Pyramid height measurements and simulation 

data for the woven PBO / Epoxy composite (testing 

courtesy of SwRI). 

 
Upon completion of the woven PBO / epoxy 

composite test series, work began on the UD PBO / 

epoxy composite panels. Once the UD PBO tape 

was received, the research team began preparation of 

the test panels. When preparation was complete, the 

fiber content of the panels was computed, allowing 

simulations to begin. However, due the large denier 

of the yarns in the UD tape, the envisioned fiber 

content of 75 to 80% (by volume) could not be 

realized. The fiber content (by volume) of the final 

UD panels was approximately 60%.  

 

As with the woven PBO composite, multi-scale 

simulations were used to determine the mechanical 

properties of the UD composite. The parameters 

developed for the single UD plies are presented in 

Table 6.   
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Table 6. Parameters used to simulate the UD PBO / 

Epoxy composite (60% PBO by volume). 

Rho 

(gm/mm
3
)

Ea          

(GPa)

Eb         

(GPa)

Ec          

(GPa)

1.38E-03 88.9 2.22 2.22

PRba PRca PRcb

0.001 0.001 0.3

Gab         

(GPa)

Gbc 

(GPa)

Gca 

(GPa)

0.375 0.466 0.375

SaT          

(MPa)

SaC 

(MPa)

SbT 

(MPa)

SbC 

(MPa)

2630 500 81 1000

Sab         

(MPa)

Sbc 

(MPa)
Sca (MPa)

27.6 46.6 27.6

ScT         

(MPa)

SFC 

(MPa)

SFS 

(MPa)

81 1000 N/A
 

 

Figure 12, shows that the simulations were able to 

predict both the penetration velocity of the 17 grain 

RCC FSP as well as the slope of the impact vs 

residual velocity curve. The pyramid half base and 

pyramid height predictions, presented in Figure 13 

and Figure 14, respectively, show some flaws in the 

simulations. The Pyramid half base comparison 

makes apparent that the simulation diverges further 

from the actual result as the test goes on. This shows 

that the constitutive model (Table 6) is 

underestimating the longitudinal sound speed in the 

UD plies. This is not surprising, as the code 

estimates the sound speed as a function of modulus 

and density, resulting in an effective sound speed 

reduction of 40%.  

 

 

Figure 12. Impact vs residual velocity plot for the UD 

PBO / Epoxy composite (testing courtesy of SwRI).  

 

 

Figure 13. Pyramid half base measurements and 

simulation data for the UD PBO / Epoxy composite 

(testing courtesy of SwRI). 

 

 

Figure 14. Pyramid height measurements and simulation 

data for the UD PBO / Epoxy composite (testing courtesy 

of SwRI). 

0 

100 

200 

300 

400 

500 550 600 650 R
e

si
d

u
al

 V
e

lo
ci

ty
 (

m
/s

) 

Impact Velocity (m/s) 

Simulated Vs. Actual 
Performance 

Test Data 

Simulation 
(60% FBV) 

0 20 40 60 

0 

5 

10 

15 

20 

25 

30 

35 

Time (μs) 

H
al

f-
B

as
e 

(m
m

) 

Pyramid Half-Base - UD Composite 

Test 1 

Test 1 
(Sim) 

0 20 40 60 

0 

1 

2 

3 

4 

5 

6 

Time (μs) 

H
ei

gh
t 

(m
m

) 

Pyramid Height - UD Composite 

Test 1 

Test 1 (Sim) 

ICCM19 1677



 

9  

NUMERICAL DESIGN OF COMPOSITE MATERIALS THROUGH 

MULTI-SCALE COMPUTER SIMULATION  

8.0 Discussion  

The use of multi-scale computer simulation has been 

shown here to provide constitutive predictions for 

composite materials. Through validation in both 

mechanical and ballistic testing it has been shown 

that composite performance can be adequately 

predicted. It was not the intent of this effort to 

develop a method to eliminate the need for 

constitutive testing of composite materials however. 

Rather, the intent of this effort was to develop a tool 

that can be used to refine composite materials by 

tuning parameters including modulus, strength, 

delamination, etc before conducting expensive 

characterization testing. The use of this type of 

analysis has vast applications in structural composite 

analysis as well as ballistic composite analysis.   
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1 Abstract  

Theoretical and experimental studies show that the 

high performance of biological composites such as 

nacre and bone originates from a sophisticated 

microstructure, where hard and stiff inclusions form 

a staggered, brick wall-like structure within a softer 

and more deformable matrix. This morphology 

results in outstanding combinations of stiffness, 

strength and toughness, and therefore it is very 

attractive to duplicate it in engineering composites. 

Here, we demonstrate how simple, fast and versatile 

techniques such as doctor-blading can be used to 

make such bio-inspired composites. We fabricated 

and characterized composites made of micron-sized 

alumina tablets embedded in epoxy matrices. 

Scanning Electron Microscopy (SEM) images show 

that the tablets are well dispersed, aligned, and 

staggered through the polymer matrix resulting in a 

nacre-like material. The tensile behavior of these 

composites shows a good combination of stiffness, 

strength and energy dissipation. We also developed 

finite element models of the staggered 

microstructure, which properly capture the 

interactions between inclusions and the effects of 

mineral concentration. These models can be used to 

optimize the microstructure and fully harness the 

nacre-like structure and mechanisms, in new 

materials with applications in aerospace, defense or 

biomedical engineering.    

2 Introduction  

The outstanding mechanical performance of nacre 

relies on its sophisticated and highly periodic brick 

wall-like microstructure. Duplicating such structures 

in synthetic materials represents tremendous 

challenges, and demands innovative fabrication 

techniques such as sequential Langmuir-Blodgett 

film/polymer deposition, layer by layer deposition, 

sedimentation, and freeze-casting [1]. The design of 

these biomimetic materials starts by selecting the 

ingredients. The inorganic phase typically consists 

of nano-clays which bring stiffness and strength, 

while the organic matrix, mostly polymers, imparts 

ductility to the material. These methods are mostly 

either very slow processes or lack proper alignments 

of particles. They can also yield composite with only 

10-20vol% [2], a low mineral content considering 

that hard biological composites contain up to 

95vol% in nacre and 99vol% in enamel. In order to 

overcome these limitations, we have utilized fast and 

easy to implement fabrication methods such as 

doctor-blading to develop bio-inspired nacre-like 

composites. We have also used micrometer-sized 

alumina tablets as reinforcing agents which offer 

high stiffness and strength while being much easier 

to disperse compared to nano-clays.  

3 Fabrication  

A defined amount of alumina tablets (Antaria 

Limited, WA, Australia) was mixed into epoxy with 

25wt% hardener (Buehler, ON, Canada),  and 

sonication for one hours. The mixture was then 

applied onto a Teflon plate using a doctor-blade 

technique with a spatula. The shear and compression 

stresses applied onto the mixture in this process 

aligned the tablets in the polymer matrix resulting in 

a nacre-like morphology. Epoxy was then cured at 

room temperature for two days. The process yielded 

a 40mm x 15mm x 250µm film of composite. Fig. 1 

shows a SEM image of the cross-section of the 

doctor-bladed epoxy/alumina composite with 

35vol% mineral concentration. The inclusions 

showed very good dispersion of the inclusions, and a 

high degree of alignment, resembling the structure 

of natural nacre. At higher mineral concentrations 

the mixture was too viscous and broke during 

Bio-inspired nacre-like composites via simple, fast, and versatile techniques such as doctor-blading  

                                                         M. Mirkhalaf1, F. Barthelat1* 
1 Department of Mechanical Engineering, McGill University, Montreal, Quebec, Canada 
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doctor-blading so that the process was not 

successful.  

4 Tensile tests  

Tensile dog-bone samples were cut from the 

composite films, and tested in tension at a strain rate 

of 0.001/s using a miniature loading stage and in-situ 

imaging of the strain gage with a digital camera. The 

strains were measured by digital image correlation 

using commercial software VIC-2D.  Tensile test 

results are shows in Fig. 2 (engineering stresses and 

strains are reported). For each mineral concentration, 

three samples were prepared and tested and the 

standard deviation of the stiffness and strength was 

found to be less than 15%. The results show that the 

incorporation of 8, 16 and 35% of alumina micro-

tablets dramatically increases the stiffness and the 

strength of the epoxy by factors of 3.8, 8, and 25, 

and 1.6, 2.5, and 3.9 respectively. This level of 

improvement can’t be seen in other epoxy/alumina 

composites [3]. The strain at failure and energy 

absorption however decreased with the inclusion of 

minerals. The strain however remained uniform 

within the gage, and localization only appeared at 

large strains.  

5 Finite Element modeling  

To predict the tensile behavior of the composite, 

numerical simulations have been performed on a 2D 

Representative Volume (RVE, figure 2) of the 

composite using ABAQUS (version 6.8, MI, United 

States). The two phases (polymer/tablets) were 

assumed to be perfectly bonded, and periodic 

conditions were applied on all boundaries. The RVE 

was meshed with 4-node quadratic plane strain 

elements. Tablets were modeled as linear elastic 

material (E=300GPa, υ=0.2) and epoxy was 

modeled as Elastic-perfectly plastic material 

(E=260MPa, υ=0.4,        ). Yielding of the 

materials was assumed to be governed by Drucker-

Prager criterion with pressure sensitivity index of 

0.33, in order to capture the cavitation of the 

polymeric matrix due to tensile hydrostatic stresses.  

The simulation results were found to be in good 

agreement with the experiments (Fig. 2). We then 

used the model to extrapolate the responses of 

materials with a high mineral content (50vol% and 

90vol%). The results indicate that remarkable 

combinations of stiffness, strength and ductility can 

be achieved with this microstructure. We are 

therefore currently exploring modifications of the 

doctor blade method enabling higher mineral 

concentrations. 

 

Fig. 1. SEM image (back-scattered mode) of the 

cross-section of epoxy/alumina composite, white 

areas are alumina tablets, dark area is epoxy (scale 

bar: 100µm) 

 

Fig. 2. Tensile behavior of epoxy/alumina 

composites and the simulation results at different 

mineral concentrations 
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Abstract 

A systematic research project with focus on 

the failure analysis of ductile adhesive bonded 

composite structures is introduced in this paper. For 

this purpose, pull-off tests of laminated composite 

T-joints have been carried out. The constitutive 

response of adhesive layer with different mode mix 

ratios was tested with DCB, ENF and MMB tests. 

The adhesive response was implemented into a 

cohesive zone model, in which the mode I/II damage 

responses were unassociated with each other. 

Successful prediction of the present MMB tests 

proved the accuracy of the obtained adhesive 

response. The adhesive constitutive law has finally 

been used for the simulation of pull-off failure of T-

joints. This paper reveals the effect of plastic 

yielding of the bondline on the overall structural 

response, which has successfully been captured by 

the experimentally determined constitutive law of 

the adhesive layer.  

1 Introduction  

During composite structure design and 

certification processes, the Building Block Approach 

(BBA) is usually applied [1]. It comprises  analyses 

and associated tests at various levels of structural 

complexity, often beginning with small coupons and 

progressing through structural elements, sub-

components, components, to finally the complete 

full-scale product. Tests at the lower levels of the 

pyramid are conducted to generate the material 

properties to feed  appropriate analysis methods. By 

combining testing and analysis, theoretical 

predictions are validated by tests, test plans are 

guided by analysis, and the cost of the overall effort 

is reduced, while the degree of confidence and safety 

is increased [2]. The benefits from the interaction 

between experiments and analysis strongly rely on 

the predictive ability and accuracy of analytical 

methods. The T-joint (also named stringer stiffened 

skin) is a typical connection in composite airframes 

and marine structures [3]. It transfers load between 

two orthogonally placed members meeting at a joint 

[4]. The aim of this paper is to present a new 

modeling method for analyzing adhesive bonded T-

joints, and special attention was focused on the 

ductile adhesive response. 
Modern toughened adhesives show significant 

plastic deformation before fracture, hence, the 

traditional analysis methods based on linear elastic 

fracture mechanics cannot work properly [5]. The 

cohesive zone model (CZM) has been increasingly 

used as it is able to predict both crack initiation and 

propagation, and can account for large fracture 

process zone. The constitutive law of the CZM is 

defined in terms of the traction stresses as a function 

of the separation and sliding between adjacent 

surfaces. There are mainly four factors that define a 

traction separation law: stiffness, strength, fracture 

energy and the shape of its enclosing curve [6]. 

Among these factors, the fracture energy is 

traditionally considered as most the critical 

parameter for obtaining a reliable prediction. 

Different shapes have been used for traction-

separation laws, among which the bilinear law [7], 

trapezoidal law [8] and exponential law [9] are the 

most common ones.. However, for ductile adhesives, 

the size of the failure process zone (FPZ) is 

comparable with the characteristic length of the 

considered structures, and the shape of the traction - 

separation laws may have significant influence on 

the simulation results [10]. A sophisticated model 

for the adhesive layer is thus necessary to correctly 

predict the failure behavior of ductile adhesive 

bonding.  

In recent years, new methods based on the J-

integral method have been employed to measure the 

constitutive law of adhesive layers [5, 11-14], and 

new cohesive laws may potentially be derived from 
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experimental results [15]. In this paper, ductile 

adhesive material was used for joining composite 

laminates into T-joints, and the T-joints were tested 

under pull-off loading. Comprehensive debonding 

tests of adhesive layers ranged from pure mode I to 

pure mode II were for the first time carried out in the 

author’s group. The experimentally determined 

constitutive law for the adhesive layer was 

implemented into a cohesive zone model for 

simulating the pull-off failure of the T-joints.  

 
Fig. 1. Test configuration of T-joints 

 

Fig. 2. Mixed mode bending test, double cantilever 

beam and end notched flexure test 

2. Experiments 

2.1. Pull-off Test 

    The T-joints were manufactured by bonding three 

pieces of laminates together with adhesive. The 

adherend laminates were made by 8 layers of woven 

fabric of T300 carbon fibre. The epoxy resin was 

injected into the dry fibre architecture by the 

vacuum infusion method. The laminates were cured 

at room temperature for 24 h and then post cured in 

the oven for 4 h at 80 °C. The adhesive was applied 

on solvent cleaned adherend surfaces, whereas glass 

beads were mixed into it to control its thickness of 

280±20μm.  3M 2216 epoxy adhesive was used for 

making both the T-joint specimen and debonding 

test specimen (introduced in the next section), which 

have been cured at 66°C for 2h. 

The test fixture is shown in Fig.1, MMB tests 

were carried out with 6 different mode mix ratios. 

All tests are summarized in Table.1. The tests were 

carried out on a screw-driven static test machine; the 

strain rate was 2 mm/min. 

2.2. Debonding Test of Adhesive Layer 

The double cantilever beam (DCB) test [16]，
end notched flexure (ENF) test [8] and mixed mode 

bending (MMB) test [17] were employed in this 

work to get the local constitutive response of 

adhesive layer. The adherend laminates was made of 

T300/Epoxy, the production process introduced in 

Section 2.1 was also used here.  The 13 μm - thick 

Kapton film was inserted between adherends to 

make the initial crack, which was smeared with 

mould release agent to prevent it from sticking with 

the adhesive. Glass beads of 1% weight fraction 

were used to obtain a constant adhesive thickness of 

280±20μm, which is the same as the adhesive layer 

thickness of the T-joints. The thickness of the 

adhesive layer is measured by optical microscopy 

after curing. DCB, ENF and six series of  MMB 

tests  were carried out, which are summarized in 

Table.1. 

 

Table.1. Test configuration for DCB, ENF and 

MMB tests 

ϕ Number 2L 

(mm) 

a 

(mm) 

c 

(mm) 

0 4 - 40 - 

0.26 4 150 52 150.6 

0.33 5 150 52 110.0 

0.44 4 150 52 83.0 

0.59 4 150 52 63.6 

0.74 4 150 52 49.5 

0.86 4 150 52 41.2 

1 4 130 40 - 

       The fracture energy can be calculated as follows 

[14, 18]: 
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PULL-OFF TEST AND SIMULATION OF DUCTILE ADHESIVE BONDED CONPOSITE T-JOINTS 
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where JI is the mode I fracture energy of the DCB 

test or the mode I fracture energy components of the 

MMB test; JII is the mode II fracture energy of the  

ENF test or the mode II fracture energy component 

of the MMB test. The MMB is considered here as a 

superposition of the DCB and the ENF test, and its 

mode I/II load components are calculated with [19]: 
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                        (2-b) 
where PI is the equivalent load for the DCB 

beam, PII is the equivalent load for the ENF 

beam, m is the mass of the lever beam, cg is the 

distance between the center of mass of the beam 

and the middle nose, and c is the distance 

between the loading point and the  middle of the 

nose as shown in Fig.2. On the base of the  

J-integral theory, the local constitutive response 

of adhesive the layer can be obtained by: 

  IdJ
w

dw
 

                                                    (3-a)

  II
xy

dJ
v
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                                                     (3-b) 

 
   Fig. 3. Displacement field at the initial crack tip 

         

 The deformation near the initial crack tip was 

recorded during the test with two cameras. The 

displacement field was then analysed with digital 

image correlation (DIC) methods. The shear and 

opening deformation of the adhesive layer are 

defined as the difference of the longitudinal and 

vertical displacements its two boundaries with 

regard to the actual orientation of the adhesive layer, 

which is calculated as follows [11]: 
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      (4-b) 

where t is the thickness of adhesive layer. The rigid 

body rotation  of the adhesive layer needs to be 

considered when calculating the deformation at the 

initial crack tip: 

1 2

2

w w


 


                                                         (5)        

Fig. 4. Finite element model for (a) T-joint and (b) 

MMB test 

                                                                                     

3 Numerical Simulation 

3.1 T-joint model  

       A finite element model for the adhesive bonded 

T-joint was built (Fig. 3) according to the test 

configuration. The laminates were modeled with 

continuous shell elements, and cohesive elements 

were inserted per every two layers to simulate the 

ICCM19 1683



delamination failure. The adhesive layer was 

modeled as a combination of an elastic substrate 

with finite thickness (0.28 mm) and a thin layer of 

cohesive elements. The triangular areas of the T-

joints were filled with adhesive; their damage 

response is unknown, as the failure process and the 

corresponding damage evolution law of the adhesive 

layer is thickness dependent [20, 21]. However, 

plastic yielding and subsequent cracking occurred 

only in the thin strip near the interface (see Fig.10), 

so it is assumed that the damage evolution was the 

same as the adhesive layer. 

       The experimentally obtained adhesive properties 

were implemented into the FEM for predicting the 

debonding process. The delamination cracks within 

the composite adherends were simulated by the 

traditional bilinear cohesive law [22]. A quadratic 

nominal stress criterion is used to determine the 

initiation of damage: 
2 2

0 0
1

 

 

   
    

                                                    (6) 

where 
0

and 
0
 are the tensile and shear strength 

respectively. An energy based  criterion is 

introduced to estimate the complete failure of 

cohesive elements:  

I II

I II

1
C C

G G

G G
                                                      (7) 

where  I

CG
and II

CG
are the mode I/II critical strain 

energy release rates of the composite laminate; these 

are determined by test. All the cohesive parameters 

are depicted in Fig. 5. 

 
Fig. 5. Bilinear cohesive law for delamination 

simulation 

 
Fig. 6 Fracture energy for different mode mix ratios 

 
Fig. 7. Failure mechanisms of adhesive layer 

3.2 MMB test model 

        The MMB test was simulated here to validate 

the experimentally obtained adhesive constitutive 

law. As shown in Fig. 4, The loading block and lever 

beam were assumed to be rigid bodies while the 

adherend laminates were modeled with continuum 

shell elements. The debonding process was 

simulated with cohesive elements, and the obtained 

constitutive law was employed. 

4. Results and discussions 

4.1 mixed mode constitutive law of adhesive layer 

    The mixed mode fracture energy and mode I/II 

components were presented  in Fig. 6 as a function 

of true mode mix ratio: 
II MJ J  . The JI parameter 

lies in the range of 1-2 N/mm, it slightly increases 

with ϕ until ϕ = 0.59, and then it starts decreasing. 

The JII parameter shows a much stronger 

dependence on ϕ than JI, and it increases 

monotonously with ϕ in a quadratic manner. The 

mixed   mode  fracture  energy  JM  increases  from 2  
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Fig. 8. Mixed mode constitutive law of the adhesive 

layer 

N/mm to 8 N/mm as ϕ increases from 0.26 to 0.86. 

The MMB test method presented here, combined 

with DCB and ENF tests, supplies a complete 

envelop of fracture energy ranging from pure tension 

to pure shear. 

 

The fracture morphology of the adhesive material 

under tension/shear combined load was investigated 

with SEM. As shown in Fig. 7, several micro cracks 

were formed in front of the macro crack tip.  

Cavitation was found in the material far away from 

the micro crack boundary, indicating widely 

distributed plastic deformation over the adhesive 

thickness.  

     The mode I/II constitutive law can be evaluated 

by differentiating the fracture energy w.r.t. to the  

deformation at the initial crack tip. The polynomial 

fit of mode I/II and mixed mode traction-separation 

curves are plotted in Fig. 8. Slight dependence of the 

mode I response on the mode mix ratio can be 

observed, while the mode II traction stress increases 

significantly as the adhesive undergoes more shear 

deformation. The critical displacement for the 

complete failure of the adhesive layer was around 

0.2-0.6 mm, which increased with the  mode mix 

ratio. A new cohesive zone model was then 

developed on the base of the constitutive law, which 

allowed different damage evolutions of mode I/II 

responses. 

 
Fig. 9. Load-displacement curves of MMB tests and 

simulation 

4.2. MMB simulation 

       The MMB tests with different mode mix ratio 

were simulated here. The predicted load-
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displacement curves were compared with 

experimental results, Fig. 9. The FEM results gained 

good correlation with tests in terms of both the 

stiffness and the critical failure load. The MMB 

beam stiffness degraded gradually before the load 

started to decrease because of the nonlinear response 

of the adhesive layer. The tension and shear 

displacements at the initial crack tip were found to 

increase non-proportionally, as the deformation was 

initially shear dominated, and the tension 

displacements became dominant after plastic 

yielding. This phenomenon is attributed to the 

difference between mode I and mode II damage 

evolution process. As shown in Fig. 10, the 

experimentally measured adhesive constitutive law 

and its FEM application reproduced the deformation 

path reasonably well. Hence, the local constitutive 

laws obtained from DCB, ENF and MMB tests are 

reliable; these were used for the analysis of the T-

joint described in the next section.

 
Fig. 10. Tension-shear deformation path at initial 

crack tip 

4.3 Failure of T-joints 

        The failure process of two T-joins is presented 

in Fig. 11 where the horizontal tensile strain of test-a 

was calculated with DIC. Due to the discontinuity of 

thet displacement, the peak values of the tension 

strain were not accurate after crack initiation. 

However, the distribution of the tension strain was 

able to capture the deformation history and make it 

easy to show the location of cracks. The 

concentrated tension strain in the adhesive layer was 

recorded. This large deformation caused  plastic 

yielding of the adhesive layer, as a strain whitening 

zone was observed in test-b that indicates significant 

plastic deformation. With increasing  load, a crack 

emerged in terms of delamination in test-a, which 

may be caused by the high bending moment at the 

corner. Tensile stress was found to be responsible 

for the delamination failure here [23]. The visible 

crack, initiated within the adhesive layer for test-b, 

propagated near the interface between the adhesive 

layer and the laminates. By increasing load, adhesive 

failure and multiple delamination cracks can be 

found in all tests.  

 

Fig. 11. Two different failure modes of T-joins: (a) 

initiated with delamination; (b) initiated with 

debonding  

         The failure process predicted with FEM is 

shown in Fig. 12. The FPZ of the adhesive layer in 

FEM corresponds well to the plastic deformation 

and voids formation process in test. Delamination 

emerged earlier than debonding failure in FEM, 
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which was followed by adhesive failure and multiple 

delamination cracks. Hence, two distinctive failure 

modes were observed in the pull-off test of the 

adhesive bonded T-joints: debonding and 

delamination; both were predicted by FEM 

reasonably well. 

 
Fig. 12. Failure process of T-joints predicted with 

FEM 

         Each failure progress in Fig. 11 is captures in 

the load-displacement curves in Fig. 13. The  plastic 

yielding and debonding of the adhesive layer 

resulted in noticeable decrease of the T-joint 

stiffness. The sharp drops in the load-displacement 

curve were caused by delamination failure of the 

composite laminates. The nonlinearity of the FEM 

results can also be observed, which was attributed to 

the failure process zone within the adhesive layer as 

shown in Fig. 12. The sharp drop of loading capacity 

was caused by delamination behavior. The FEM 

overestimated the maximum load as compared to the  

experiments (to some extent),  this  may be caused 

by   defects on the  T-joint specimen such as voids 

and resin rich areas (see Fig. 11). However, the FEM 

has shown its ability to predict the nonlinear 

response of T-joints caused by the failure process 

within the adhesive layer, and the FEM did agree 

with tests reasonably well. 

 
Fig.13 load-displacement curves of T-joints 

5. Conclusions 

        For the out-of-plane loading case of bonded 

composite T-joints, significant plastic deformation 

was observed in the adhesive layer,  which  has  a 

noticeable effect  on  the overall failure behavior of 

bonded T-joints. The experimentally determined 

response of the adhesive layer was used for the 

numerical simulation of the pull-off tests. The good 

agreement between the simulation and the 

experiments demonstrates the applicability of the 

present numerical model. The numerical model may 

potentially be used for the analysis of other adhesive 

bonded structures as well 
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1 Introduction 

Characterizing interlaminar fatigue delamination in 

carbon fiber-reinforced polymer-matrix (CFRP) 

composites is important due to rising use of these 

materials in primary structures [1]. In many 

applications CFRP composite elements are subject 

to cyclic or intermittent loads which can initiate and 

promote delaminations even if initial defects cannot 

be detected with nondestructive testing [2]. For 

designing CFRP structures understanding fatigue 

delamination initiation and growth is hence crucial 

[2–4]. Published standards, test results and research 

in cyclic fatigue delamination are summarized in, 

e.g., [5, 6]. 

Recent round robin test analysis [6, 7] for 

developing test procedures for cyclic delamination 

growth combined with improved understanding of 

relevant effects [2, 8] have highlighted a number of 

issues. The question of “threshold behavior” of 

fatigue delamination growth in composites which is 

essential for fracture mechanics based design 

approaches [4] does seem to play a central role in 

several aspects. A threshold is the observation of 

decreasing average delamination growth rate da/dN 

(from delamination length a per fatigue cycle 

number N) at constant applied load Gmax (e.g., 

shown in Fig. 1). Selected examples of the analysis 

and interpretation of fatigue crack growth will be 

illustrated by experimental data and discussed. The 

aim of the paper is to point out open questions and 

alternative interpretation of data in order to stimulate 

further discussion and research. The focus is on 

fatigue delamination growth in CFRP composites 

under mode I and mode II loading. 

2 Experimental 

With the exception of a standard test method for 

fatigue delamination growth onset under mode I 

(tensile opening) load issued by the American 

Society for Testing and Materials (ASTM) [9], there 

are no standardized test methods for fatigue 

delamination growth in CFRP composites available 

yet. Both, Technical Committee 4 on Polymers, 

Composites and Adhesives of the European 

Structural Integrity Society (ESIS) and Sub-

committee D30.06 on interlaminar properties of 

composites of ASTM have started round robin 

testing towards development of a mode I fatigue 

delamination growth standard. These are essentially 

based on the existing quasi-static test procedures 

[10–12] which are then adapted for fatigue loading. 

Preliminary results for mode I fatigue [6, 13] and for 

mode II fatigue [14] have been published. 

The fatigue delamination growth test procedures for 

the round robin tests specify so-called Double 

Cantilever Beam (DCB) specimen for mode I and 

End-Loaded Split (ELS) or End-Notch Flexure 

(ENF) specimen for mode II [6, 13, 14]. Fatigue 

loading shall typically start from a precrack obtained 

from quasi-static mode I and mode II loading, 

respectively, followed by cyclic fatigue loading 

under the respective mode using displacement 

control and a R-ratio (ratio between minimum and 

maximum displacement) of 0.1. Test frequency shall 

be as high as possible, but not exceed 10 Hz, unless 

specimens are monitored for temperature rise. 

Delamination growth shall be monitored visually 

with the aid of a travelling microscope, and loading 

can be stopped for that. Corresponding maximum 

load and displacement values and one cycle of 

machine load and displacement values every 500 to 

1’000 cycles shall also be recorded. The test shall be 

run until a delamination length increment da/dN of 

10
-6

 mm per cycle is reached. For determining the 

so-called threshold (see Fig. 1), the test duration 

may be increased. 

The incremental polynomial method for computing 

da/dN as described in appendix X1.2 of [15] can be 
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used for analysis of CFRP composites fatigue data, 

even though the standard applies to fatigue testing of 

metals. A parabola is fitted to (2n+1) successive data 

points (for equation see appendix X1.2 of [15]). 

Recommended values for n comprise 1 to 4, 

resulting in 3- to 9-point fitting. 7-point fitting, for 

example, has been shown to yield reduced scatter in 

mode I fatigue data from CFRP composites [6]. 

Three types of CFRP composites have been used in 

the ESIS round robin tests, one thermoplastic poly-

ether-ether-ketone (PEEK) matrix polymer and two 

thermoset epoxy polymers (Rigidite R5276 and 

Cycom 977-2). The carbon fibers were AS4 (from 

Hexcel) for the CFRP-PEEK, G30-600 12k for the 

R5276 and IM7 for the 977-2 CFRP epoxy 

laminates. Additional measurements were carried 

out on a CFRP-epoxy with a R5259 matrix resin 

reinforced with G30-600 12k carbon fibers. 

Specimens for mode I and mode II fatigue testing 

were about 145 mm long, 20 mm wide and 3 mm 

(CFRP-PEEK) and 4 mm (CFRP-epoxy) thick, 

respectively. The starter crack was a laminated thin 

polymer film at half-thickness of the beam. A 20 

micrometer thick poly-tetra-fluoro-ethylene (PTFE) 

was used for CFRP-PEEK, G30-R5259 and G30-

R5276 CFRP-epoxy, and a 10 micrometer thick 

poly-tetra-fluoro-ethylene-hexa-fluoro-propylene 

(FEP) film for IM7/ 977-2 CFRP-epoxy. For mode I 

tests, specimens had two [11] and for mode II ELS 

one aluminum load block [12]. ENF specimens used 

a specimen restraint that had shown to be necessary 

to prevent shifting during the tests [14]. 

 
Fig. 1. Mode I Paris plot of an epoxy CFRP 

composite (G30-500 12k / Rigidite5276) 

with an apparent threshold at da/dN below 

about 10
-6

 mm/cycle at GImax around 60 J/m
2
. 

3 Mode I Fatigue Delamination Growth 

As long as the scope of the mode I fatigue crack 

growth test is to determine the linear part, i.e., 

“region II”, of the da/dN versus Gmax curve (the so-

called “Paris plot”), the procedure developed and 

tested in the round robins so far, seems to work well. 

There is some scatter between specimens tested in 

one laboratory as well as additional scatter in 

comparing results from different laboratories 

obtained for the same CFRP composite. The slopes 

of these curves, in principle, could be used for 

design of composite structures. However, beside the 

scatter noted above, the slopes of these curves 

frequently turn out to be rather steep, i.e., showing a 

large change in da/dN (sometimes more than one 

decade) even for a small change in applied load 

(Gmax). One example for this is shown in Fig. 2 with 

mode I fatigue data from one laboratory. Fig. 3 

shows mode I fatigue data from five laboratories and 

if a typical design rule with a safety margin of two 

standard deviations from the mean value is applied 

(private communication from Prof. A.J. Kinloch, 

Imperial College London), the allowable Gmax at a 

rate of 10
-6

 mm/cycle in this case amounts to less 

than 50 J/m
2
. 

A recent, unpublished analysis of round robin data 

for mode I fatigue performed by ESIS TC4 has 

yielded indications that scatter in the slope of the 

crack propagation in the da/dN versus GImax plot may 

in part depend on the “experience” of the operator. 

The correlation coefficient R
2
 of fits to the visually 

determined data points for each specimen for 

different laboratories resulted in two classes if an 

arbitrary value of R
2
=0.95 was set. One class of 

laboratories typically had 1 or 2 specimens, the other 

typically 4 or 5 specimens with R
2
<0.95. This 

(inversely) correlated with the number of round 

robins the laboratories had previously performed, 

i.e., there seems to be a “learning curve” when 

performing such tests according to a written 

procedure. This obviously poses a challenge for 

drafting a standard fatigue test procedure. 

In the same analysis, the effect of different methods 

for calculating da/dN was investigated as well. A 

comparison of m-point parabola fitting (m = 3, 5 and 

7) according to [15] yielded decreasing scatter with 

increasing m essentially for all data. While the 

parabola fitting will reduce scatter, it may also mask 

a possible curvature in the data at low values of Gmax 

that would indicate threshold behavior. Therefore, 
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other types of fitting or statistical analysis may have 

to be explored that would indicate possible changes 

in slope. One approach could, therefore, be to fit part 

of the data (e.g., the initial 40, 60, 80%) and then to 

compare an extrapolation of these fits with the 

remaining data extending into the low Gmax regime. 

 

 

 
Fig. 2. Mode I and mode II fatigue as Paris plot of 

an epoxy CFRP composite (G30-500 12k / 

Rigidite 5259) showing single lab scatter 

from repeated tests on nominally identical 

specimens. 

 

 

 
Fig. 3. Mode I Paris plot of an epoxy CFRP 

composite (G30-500 12k / Rigidite 5276) 

showing inter-laboratory scatter for five 

laboratories each testing five nominally 

identical specimens. 

 

 

4 Mode II Fatigue Delamination Growth 

Since it has been shown that the resolution of the 

load cell used for the load measurement (under 

displacement control) can yield significant scatter in 

the resulting delamination length increase per cycle, 

da/dN, and the corresponding value of Gmax, it is 

worthwhile to ask whether an analogous behavior is 

observed for tests performed under mode II fatigue 

loading. Fig. 4 shows the evolution of the load trace 

in a mode II test and the corresponding crack length, 

calculated from pairs of load and displacement 

values. Similar to mode I tests under displacement 

control, the scatter in load signal increases with 

increasing number of cycles and, at the same time, 

decreasing load. This scatter in load results in 

increasing scatter in crack lengths calculated from 

compliance with increasing number of cycles (see 

Fig. 4). In two of the authors’ laboratories, the 

scatter in load amounted between a few tenths of 

Newton to about 1 N for mode I, i.e., between about 

1 to 3% (at loads of 30-50 N) and between about 1 N 

to 3 N for mode II, i.e., between about 1 to 2.5% (at 

loads of 100 to 300 N). It may seem somewhat 

surprising that a scatter of less than 3% in the load 

has a significant effect on the delamination length 

calculated from machine compliance (Fig. 4). This 

effect, however, becomes even more important in 

the evaluation of the delamination growth rate, 

da/dN, as shown in Fig. 5. It can be noted here that a 

similar and, again, significant amount of scatter is 

observed in the Paris plot for mode I fatigue loading. 

When the crack growth rate under mode II fatigue 

loading, da/dN, is determined from calculated crack 

lengths via 7-point fitting [15] without previously 

filtering the data, large scatter bands are obtained in 

the Paris plot (see Fig. 5). One approach to reduce 

this scatter is to eliminate all data points which do 

not correspond to a certain delamination length 

increase, a. Fig. 5 on the one hand shows the 

influence of the magnitude of a and on the other, 

the influence of two different incremental 

polynomial methods, in this case 7- and 9-point 

fitting, on scatter in da/dN. In the case of 9-point 

fitting and elimination of data that does not meet a 

crack length increment of minimum 0.05 mm an 

apparent mode II threshold is received. This type of 

threshold, however, does not appear for the other 

fitting approaches, including 9-point fitting requiring 

larger values of a. Therefore, and also since there is 

no clear plateau visible in the evolution of crack 
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length versus number of cycles in Fig. 4, this is 

considered an apparent threshold, essentially an 

artifact from data analysis. Of course, this will have 

to be confirmed by analyzing additional data sets, 

including round robin data from other laboratories. 

 

 

 
Fig. 4. Visually measured crack lengths, crack 

lengths calculated from compliance and 

corresponding load signals versus number of 

cycles from mode II fatigue test on CFRP 

epoxy using the C-ELS specimen [12]. 

 

 

 

Fig. 5. Influence of da/dN averaging method [15] 

and data reduction on mode II Paris plot for 

the CFRP epoxy laminate shown in Fig. 4. 

 

 

 

 

5 Mode I versus Mode II Fatigue Delamination 

Growth 

It has been argued that for composite design, it is 

important to use “conservative”, i.e., the lowest 

quasi-static delamination resistance values for the 

material under consideration for achieving “safe” 

designs [16]. Early, e.g., [17] and later research, e.g., 

[18] indicate that quasi-static mode I loading 

provides conservative data compared with quasi-

static loading under other modes or mode 

combinations. Unidirectional laminates also seem to 

provide conservative values over non-unidirectional 

or angle-ply composite laminates [5, 16, 17]. For 

higher rates, no significant changes are expected up 

to intermediate loading rates around one meter per 

second [19–21] and somewhat lower values than 

quasi-static mode II have been reported for mode II 

fracture toughness under impact speed loads (up to 

20 m/s) [21]. So far, there is no indication that quasi-

static mode I delamination tests performed on 

unidirectional CFRP will not provide a conservative 

value compared with other loading modes or 

composites with other fiber orientation [21]. 

However, for fatigue loading under mode II, fatigue 

crack growth data for a thermoplastic CFRP 

(AS4/PEEK) [22] show that mode II yields higher 

delamination rates da/dN for comparable applied 

load (expressed as either GII or GIImax) than mode I 

for sufficiently low applied loads. Also, the data 

show a lower slope (less steep) for mode II 

compared with mode I. This has recently been 

confirmed by tests at one of the authors’ laboratories 

(see Fig. 6). Even though the data shown in Fig. 6 

are for single specimens and repeating the test may 

yield significant scatter (as shown by unpublished 

round robin data for mode I fatigue obtained in ESIS 

TC4), it is unlikely that this “dominant” (higher 

da/dN at given Gmax) mode II over mode I behavior 

can be explained by scatter only and would yield 

dominant mode I fatigue if larger numbers of 

specimens were analyzed. For CFRP composites 

with epoxy matrix, recent mode II fatigue crack 

growth data for IM7/977-2 laminates also seem to 

indicate a lower slope for mode II than mode I as a 

function of Gmax in the da/dN versus Gmax plot [23]. 

For comparable Gmax, the mode I data for IM7/977-2 

still yield higher da/dN over the range of Gmax that 

was investigated. However, if the difference in slope 

between the two modes (I and II) extends unchanged 

into the regime with lower Gmax, there may be a 
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cross-over point where mode II yields higher da/dN 

values at sufficiently low values of Gmax (estimated 

to be around 120 J/m
2
 for IM7/977-2, see Fig. 7). 

Implications of this for fracture mechanics based 

composite designs are obvious. Basing composite 

design on mode I fatigue data only may not be 

always possible, since a design study on high-

performance composite flexbeams explicitly noted 

the lack of mode II fatigue data [24]. 

 

 

 
Fig.6. Mode I and mode II Paris plots of a 

thermoplastic CFRP composite (AS4/PEEK). 

 

 

 
Fig.7. Average mode I (dashed blue line) and mode 

II (dashed black line) fatigue delamination 

of a CFRP epoxy composite (IM7/977-2) 

suggesting a possible “cross-over” from 

dominant mode I to mode II. Blue and black 

vertical lines indicate quasi-static values for 

mode I and mode II, respectively [25]; 

Figure adapted from [23]). 

6 Possible Analogies to Fatigue Crack Growth in 

Metals 

Since fracture mechanics was first developed for 

metals it is worthwhile to investigate whether effects 

observed for that class of materials also apply to 

CFRP composites. Recently, mode I and mode II 

fatigue data for metals used in aerospace 

applications (different aluminum alloys) were 

analyzed together with data for high performance 

CFRP based on the so-called Hartman-Schijve 

equation [2] (see Fig. 8). It could be shown that 

metal data followed a linear behavior in a double 

logarithmic plot of crack extension “da” per number 

of cycles N, i.e., da/dN versus K-Kth, the 

difference between the applied stress intensity factor 

K and the associated threshold. The resulting power 

law relationship yielded an exponent of around 2 

(within a margin of about 10 percent) for all data 

that were analyzed. A suitably modified Hartman-

Schijve equation for CFRP composites, using the 

energy release rate G rather than the stress intensity 

factor K yielded a similar power law, again with an 

exponent around 2, again within a margin of about 

10%. It can be noted that the assumption of a 

threshold value (Kth or Gth) is an important part of 

this approach. The analogy or similarity in the power 

law describing the fatigue crack growth for different 

classes of materials (metals and composites) with the 

Hartman-Schijve equation may, in principle, imply 

possible analogies in the behavior, specifically at 

low values of K and G, respectively. 

On the other hand, as also pointed out in [2], there 

remains the question whether the fatigue threshold 

for small or short cracks (e.g., millimeter or sub-

millimeter size) in composite materials or structural 

elements becomes “very small”. This would 

constitute a composite analogy to the so-called 

“short crack” problem for metals (see, e.g., [26, 27]) 

where anomalous behavior under fatigue loading 

was observed for cracks extending for, e.g., 10 

micrometer, compared to “longer” cracks of several 

millimeter length and more. Guidelines for defining 

and distinguishing “small” and “short” cracks in 

metals are shown, e.g., in Table X3.1 of [15] and 

experimental procedures for measuring short crack 

growth in metals are outlined in Appendix X3 of the 

same document [15]. 

Implementing similar short cracks of a few 

micrometers at a defined location in the CFRP 

composite fatigue test specimens is difficult. Starter 
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cracks for CFRP composites are usually 

manufactured by inserting thin, polymer films 

(thickness less than 13 micrometer is recommended 

[10–12]) extending over the full width of the 

specimen and 40 to 60 millimeters from the load-

line along the beam at the mid-thickness of the 

laminates. Frequently, composite laminates, and 

specifically CFRP epoxy composites, already 

contain micro-pores or micro-cracks from 

manufacturing, e.g., caused by relaxation of residual 

stresses. These, as well as specifically manufactured 

micro-cracks for investigating short crack growth in 

CFRP composites are further quite likely subject to a 

complex, multi-axial stress field on the micro-scale 

even if the globally applied fatigue load is mode I or 

mode II. Fatigue loading a CFRP composite 

specimen without defined macroscopic starter crack 

(e.g., from laminated thin polymer films) may, 

therefore, initiate crack growth from several short 

cracks already present after manufacturing at 

different locations simultaneously. Small or short 

cracks in composites could, e.g., be defined as below 

or comparable to the fracture process zone size, i.e., 

up to a few millimeter at most [28], if the criterion 

of plastic zone size for small cracks in metals from 

Appendix X3 of [15] is adapted analogously for 

composites. Therefore, the only information on the 

behavior of small and short cracks in composites 

could currently be drawn from testing structural 

elements or components and comparing the 

observed fatigue crack growth behavior with models 

based on Paris type law and associated threshold or 

the Hartman-Schijve approach. Instances in which 

failure in a high-performance CFRP composite 

component may have been due to short cracks 

developing rapidly to critical size under fatigue 

loading are presented and discussed in [29–32]. 

One question that arises from this study is how to 

account for the differences observed in tests 

performed on nominally identical materials at 

different laboratories, see Fig. 3. To this end we 

examined the ability of the Hartman-Schijve 

equation to address this problem. The particular 

equation studied was (see [2] for more details), 
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where in each case we used β = 2.3, A = 372 J/m
2
, 

and D = 2.2 10
-7

. The values of √Gth were varied in 

the fitting to investigate if this could reflect 

differences in the da/dN versus G test data. The 

resulting measured and predicted curves for selected 

specimens from two laboratories are shown in Fig. 

9. 

From this study it appears that, in the data presented 

in Fig. 3 for tests performed at two of the authors’ 

laboratories, the differences in the measured da/dN 

versus G relationships can, as a first approximation, 

be represented by equation (1) by changing the 

values of Gth to those listed in Table 1 while keeping 

all of other parameters constant. As shown in Fig. 9 

the “predicted” curves obtained from varying Gth 

with all other parameters in equation (1) kept 

constant do not exactly fit the experimental data 

over the whole range of da/dN and GImax, 

respectively. However, considering the large value 

range of the double-logarithmic data presentation 

and the variation of one single parameter (Gth), the 

fits yielding the predicted curves agree well with the 

experimental data. 

This procedure raises a question as to the uniqueness 

of the threshold (if it exists). In any case, the values 

of Gth in Table 1 are relatively small and on the 

order of (apparent) threshold values deduced from 

the Paris plot, if appropriate safety factors (e.g., 

twice the standard deviation) are taken into account. 

All this will also have to be investigated in more 

detail. As such the question of the applicability of 

the Adjusted Compliance Ratio (ACR) [15] is also 

worthy of investigation. 

 
Fig. 8. Hartman-Schijve power law for CFRP Mode 

II delamination in several composites, 

adapted from [2]. 
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Fig. 9. Comparison between measured and 

predicted mode I data for two laboratories 

using variation of threshold values Gth as 

listed in Table 1. 

 

Table 1: Values of Gth (J/m
2
) used in equation (1) 

Test Gth (J/m
2
) 

Lab A-1 65 

Lab A-2 48 

Lab B-1 40 

 

7 Summary and Outlook 

Since fracture mechanics based CFRP composite 

design approaches tend to using threshold values for 

the composite materials due to the steep gradients 

typically observed for mode I and mode II fatigue 

propagation in region II of the Paris plots (i.e., 

double logarithmic presentations of da/dN versus 

Gmax) the question whether such thresholds really 

exist and if so, how they can be determined 

experimentally, are crucial and of importance. 

Detailed analysis of selected mode I fatigue crack 

propagation data from ESIS TC4 round robin tests 

and from literature indicates that an apparent, 

threshold-like behavior can be mimicked by limited 

resolution of the load measurements in 

displacement-controlled fatigue tests at da/dN values 

as high as 10
-5

 to 10
-6

 mm/cycle. Polynomial 

smoothing applied to the data analogous to the 

procedure for metals fatigue (ASTM E 647) does not 

seem to reduce the scatter sufficiently for 

eliminating this apparent threshold in all cases. 

Further, performing delamination growth tests at low 

delamination rates da/dN, e.g., 10
-7

 to 10
-8

 

mm/cycle, will require high numbers of cycles to 

achieve measurable delamination growth (e.g., 5 

million cycles at 10
-8

 mm/cycle for 50 micrometer 

growth). Therefore, verification of the existence of a 

threshold with virtually no delamination growth will 

require correspondingly longer test durations. 

Other data analysis using a modified Hartman-

Schijve equation for presentation of fatigue crack 

propagation data for FRP composites under mode I 

and mode II loads seems to suggest formal analogies 

with fatigue crack propagation in metals. As shown 

with preliminary data analysis, the Hartman-Schijve 

equation using fixed parameters  and D (see 

equation (1) above for details) and variable threshold 

values for each specimen (Table 1) also yields nicely 

fitting predictions of fatigue crack growth. This, 

however, then raises the question whether fatigue 

thresholds are unique material properties or not and 

whether a variant of the Adjusted Compliance Ratio 

(ACR) approach should be investigated for 

delamination growth. 

Whether the formal analogy between metals and 

CFRP composites in the Hartman-Schijve approach 

implies the existence of possibly anomalous crack 

propagation behavior in CFRP (or all FRP) 

composites similar to short crack behavior in metals 

or metal alloys, is not clear. At present, evidence for 

investigating this question quite likely will have to 

come from structural fatigue tests or from composite 

structural applications under real fatigue load 

spectra, since a direct experimental verification on 

laboratory scale specimens does seem difficult, due 

to, among others, e.g., cracks and other defects 

already present in the material after manufacturing 

and the difficulty of implementing suitable, well 

defined starter cracks for testing. 

The question whether conservative fracture 

toughness values can be obtained from 

unidirectional test specimens under fatigue mode I 

loading only may also have to be investigated, since 

at low Gmax values, mode II fatigue propagation may 

dominate over mode I. In applications, the load is 

frequently mixed mode and combined with residual 

stresses from manufacturing, the local stress field on 

a microscopic scale, where cracks initiate and start 

to propagate, will result in a complex stress state 

which is difficult to reproduce in laboratory-size test 

specimens. 

Experimentally, at present, a safe approach for 

fracture mechanics based FRP composite structural 

design would have to be based on laboratory fatigue 

tests on structural elements considering the load 
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spectra from the intended application and 

implementing a sufficient safety factor in the 

number of cycles tested, while simultaneously 

monitoring delamination crack propagation or 

damage accumulation. Use of a “no growth” 

approach with respect to cracks in CFRP composites 

design requires the existence of a threshold and/or 

the absence of anomalous short crack behavior. 

Even if a threshold can be shown to exist at some 

value of Gmax, defining a safe value taking the 

inherent scatter in the experimental data into account 

could then result in very low values (possibly a few 

tens of J/m
2
 or even lower) which effectively may 

exclude structural designs using that approach. 

In any case, fatigue crack propagation in CFRP 

composites will have to be further investigated. This 

will require additional data from round robin tests 

under mode I and mode II loading from different 

laboratories for comparative data analysis. ESIS 

TC4 will start new round robin activities this year 

with a different type of CFRP laminate. Threshold 

behavior will be one of the focal points in tests and 

data analysis. 
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Abstract 
This research was built to investigate the main role 

of phosphorylated sol-gel (PSG) to reduce the 

ignition problems of polyester fabric. Thermo-

gravimetric analysis (TGA), Differential Scanning 

Calorimeter (DSC) and Fourier transform infrared 

spectroscopy (FTIR) of the un-treated and treated 

samples were investigated. PSG material was 

played as protective shielding coat and improved 

the thermal behavior. FTIR analysis of the treated 

sample showed that there is a sort of interaction 

between the molecules of PSG and the fabric. 

Limiting oxygen index (LOI) for the lowest oxygen 

concentration needed to start the ignition showed 

also an improvement in the ignition retarding 

behavior due to this treatment. To increase the 

affinity of fibers towards PSG, the fabric surface 

was exposed to UV/Ozone for different periods. 

Exposuring samples for 90 min showed the best 

results comparing to other samples (irradiated for 

UV/Ozone for 0, 30 and 125 min). Ignition beh-

avior (UL/94) was also applied on samples by using 

flame chamber for determination the rate of burning. 

The results of UL/94 (according to Standard 1210) 

confirmed the ignition behavior results produced 

from LOI.  

 

1. Introduction  
Polyester is a synthetic fabric, which is made from 

polyethylene terephthalate (PET) polymers. These 

polymers are composed of at least 85% by weight 

of ester, dihydric alcohol and terephthalic acid. 

There are two types of polyester; saturated and 

unsaturated ones. The first type can be defined as 

that the polyester which the backbones are saturated 

and hence non-reactive as compared to the more 

reactive, unsaturated ones. On other hand, unsa-

turated polyester is consisting of alkyl thermo-

setting resins characterized by vinyl unsaturated. 
Synthetic fibers surpass the production of natural 

fibers with more than 55% of products in the textile 

industry [1]. It can be used in two ways; as a raw 

material by itself or as a blend because of its 

wrinkle its wrinkle-resistant property and its ability 

to retain its shape [2]. PET has several application 

in industries as; electronic materials, automobile 

 

 

industries, packaging and household [3, 4]. PET 

fiber has major advantages of high modulus and 

strength, quick drying, hardness, resistant to 

biological damage such as mold and mildew, stretch, 

wrinkle and abrasion resistances, relatively low cost, 

and easy recycling [4, 5]. Besides many beneficial 

properties, synthetic fibers show various 

disadvantages such as is highly flammable, low 

dyeability, less wearing comfort, difficulties in 

finishing and insufficient washability associated 

with their hydrophobic nature [5, 6]. This research 

aimed to activate the PET fabric surface in order to 

produce free radicals to react with PSG [7]. For this 

purpose, many great studies have been carried out 

including, thermal analysis (TGA and DSC), which 

play an important role to study the flame-retardant 

of polyester. It supplies important information for 

the evaluation and the development of flame-

retardant polyester via the profile of their thermal 

decomposition [8-11]. This indicate that, the sample 

irradiate to UV/Ozone for 90 min has the best 

results as fire-retardant than the other. Secondly, the 

samples are exposed to flammability tests as; LOI 

and UL/94. The Fourier transform infrared is used 

to determine the peaks which appeared and 

disappeared in all samples. Also, the results of the 

optical properties such as; whiteness, yellowness 

and weight loss tests were followed.  

 

2. Experimental  

2.1. Materials  

The following fabric was used throughout this study: 

Mill-scoured and bleached plane 1/1 weaved duck 

polyester fabric of 140 g/m
2
 weight. It was provided 

by Misr company for spinning and weaving, El-

Mahala El-Kobra, Egypt. There are two kinds of 

this fabric; un-treated and treated samples with 

phosphorylated sol-gel coating as mentioned in part I 

[12].  

 

2.2. Ultraviolet-Ozone Treatment  

The studied Polyester fabric (100%) samples firstly 

were exposed to UV/Ozone [13] for different irra-

diation periods ranging from 30 min to 125 min then 

immersed in the freshly prepared sol-gel solution for 
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two minutes and finally padded under constant 

pressure for 100% uptake. The treated samples dried 

in furnace at 140
o
C for four minutes [11].  

 

2.3. Weight of Polyester Fabric  

Five samples were cut to specific area and weighed 

by Mettler Toledo of accuracy (0.1 mg). The weight 

was calculated for the square meter [14]. 

  

2.4. Colour Measurements  

Colour parameters for all examined samples were 

determined using colour Eye ® 3100 spectrophoto-

meter SDL England in accordance with standard 

test method  [15, 16]. The instrument was used to 

measure the colour parameters, e.g., L (lightness), a 

(red-green), b (yellow-blue), W (whiteness) and Y 

(yellowness) colour components in accordance with 

the CIE-Lab colour measuring system [17, 18].  
 

2.5. Fourier Transform Infrared Spectroscopy   

(FTIR)  

FTIR of 100% PET fabric samples (treated and un-

treated) were recorded by means of Nicolet 380 

Spectrometer – USA that is equipped with zinc 

selenide crystal, in the wavelength range 4000-400 

cm
-1

. To ensure reproducible contact between the 

crystal face and the fabric, a pressure of about 18 

Kpa [19] is applied to the crystal holder. The FTIR 

absorbents frequencies for the treated samples are 

recorded with an average of 32 scans using              

a resolution of four cm
-1

.  

 

2.6. Limiting Oxygen Index (LOI)  

The lower concentration of oxygen require to 

sample ignition was measured by using a Rheo-

metric limiting oxygen index instrument according 

to standard oxygen index test ISO 4589 [20]. Both 

nitrogen and oxygen were connected to the 

apparatus through pressure regulators (see Fig. 1). 

Determined N2/O2 atmospheres were continuously 

sent through the glass chamber. Samples test were 

cut in dimension 150 * 50 mm
2
, and then clamped 

in the holder vertically in the center of the 

combustion column. The top of the sample was 

ignited using a propane gas burner. Three or four 

replicates were tested for each sample to obtain the 

average LOI value.  

 

2.7. Flame Chamber (UL/94)  

The fire-flammability of the samples was evaluated 

with the UL/94 [21]. This test consists of holding 

horizontal one of the ends of the sample and 

maintaining the other extremity in contact with the 

flame of a Bunsen burner for 30 s (Fig. 2). After the 

exposed period, the Bunsen burner is removed and 

the self-extinguish time is measured.  

2.8. Thermogravimetric Analysis (TGA)  

It is an essential laboratory tool which used to 

determine the mass changes of a sample during 

thermal decomposition [22, 23]. This TGA can be 

applied in many fields as; scientific research, 

petrochemical application, pharmaceutical, and 

food. The thermal stability of composites was 

studied using Thermal Analyzer, TGA-50 

Shimadzu Instrument-Japan. The analysis is 

performed under N2 gas (flow rate: 30 ml/min) at a 

heating rate of 10
o
C/min from ambient temperature 

to 750
o
C. The weight of tested sample was 6.2 mg 

that was placed in open platinum pans in the 

instrument.  

 

2.9. Differential Scanning Calorimetry (DSC) [24] 

It is used to provide information about thermal 

changes that do not involve a change in sample 

mass, characterize the thermophysical properties of 

polymers as; melting temperature (Tm), heat of 

melting, percent crystallinity (∆Hm), glass transition 

(Tg). This test was performed with DSC-50 

Shimadzu Instrument - Japan. The heating rate was 

10
o
C/min and the nitrogen gas was used as; a 

carrier gas and at a flow rate of 30 ml/min. Samples 

were repeated three times to insure repeatability. 

Scans are started at temperature 30
o
C to a final 

temperature of 650
o
C.  

 

3. Results and discussion  

3.1. Weight Loss of Polyester Fabric  

Figure 3 shows the effect of irradiation with 

UV/Ozone on weight sample (g/m
2
). The data 

showed that the sample weights were decreased 

with the increasing of time for all studied range (0 

to 125 min). Weight loss was affected by irradiating 

up to 90 min followed by insignificant decrement 

for extended irradiation time due to dry and photo-

oxidation actions [25]. The changes in Figure 3 

could be returned to the combined effect of UV and 

Ozone on the PET. Ozone action is always based on 

the effect of direct and indirect reactions with PET 

fibers. This is consequential to the disintegration of 

ozone (O3  O2 +O
.
); oxygen free radical reacts 

with the water content producing OH-radicals 

and/or primary and secondary hydroxyl groups (R-

OH) on the cellulosic fibers. These radicals are very 

short-living compounds that have an even stronger 

oxidation mechanism than that of ozone [26].  

A good oxidative efficiency can be achieved by the 

coupling of UV radiation and ozone. UV/ozone 

treatment was essentially a photosensitized oxid-

ation process in which surface molecules are 

excited and/or dissociated by the absorption of 

short–wavelength UV radiation. Generally when a 

polymer is exposed to radiant energy, physical and 
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chemical changes may occur [27]. It is known that 

ozone is an excellent oxidizing agent for cellulosic, 

wool, and silk fabrics [28]. The possible interaction 

of UV in presence of oxygen on the polymeric 

materials to produce many free radicals (P
•
, POO

•
, 

HOO
•
, H

• 
and HO

•
) explained in Figure 4. These 

free radicals on the polyester substrate were the 

responsible active sites for the attachment of 

treatment sole-gel to the PET substrate. These 

results are due to the action of UV/Ozone on the 

PET fabric due to the effect of irradiation in 

reducing elasticity and decreasing the average 

molecular chain of the treated fabrics, which may 

be due to the result of photo-oxidation [31]. These 

irradiated fibers reacted with phosphorylated sole-

gel by either coating and/or cross linking due to the 

formed radicals resulted from the photo-chemical 

action of UV/Ozone. 

  

3.2. Determination of the Colour  

Results in Table 1 show the effect of irradiation on 

the colour parameters; L, a, b, Wand Y in 

accordance with the CIE-Lab colour measuring 

system [17, 18]. Lightness of the PET samples 

slightly decreased with increasing the exposure time 

due to the photo-oxidation of the fabric surface. 

Red-Green component 'a' goes to green side 

because all results have a negative values and the 

greenish colour of the samples increased with 

irradiation up to 90 minutes followed by decreasing 

with extended time. The same tendency was found 

for the colour component 'b' that goes to blue colour 

because all results have positive values [32]. The 

change in yellowness and whiteness indices can be 

considered as; a sensitive indication of surface 

modification for the PET fabric under test during 

the different treatments. It is also clear from data in 

Table 1 that, the yellowness value of AS-3P 

samples is higher than that of unexposed one to 

UV/Ozone and tends to increase with increasing 

irradiation time. This may be return to partially 

photo oxidation of UV/Ozone on sample's surface. 

 

3.3. Infrared Spectroscopy  

The FTIR spectroscopic analysis is used to identify 

and study chemicals composition for uncoated and 

coated samples with phosphorylated sol-gel after 

irradiating to UV/Ozone for different periods (30. 

90 and 125 minutes) and the infrared of samples 

was showed in Figure 5. The main structure of the 

polyester fabric is ester, alcohol, anhydride, 

aromatic ring and heterocyclic aromatic rings. 

Alcohol was able to react with anhydride and 

produce ester groups [33]. That was the reason 

there was still alcohol and anhydride as; a residual 

reactants left in the polyester. The carboxyl, ester, 

anhydride and alcohol groups showed the polyester 

fabric was pure PET. It is clear from this Figure that, 

all samples of polyester exhibits broad band near 

3425-3435cm
-1

 due to the OH-stretching vibration 

of free and hydrogen bonded groups (most probably 

due to the humidity absorbed by KBr during the 

preparation of the pellets) [34, 35]. The CH2 anti-

symmetric stretching is appear at 2960-2980cm
-1

. 

The ester functional groups appeared at 1708-

1720cm
-1

, 1260-1280cm
-1

 and 1090-1130cm
-1

, 

while the aromatic ring observed at 2960-2975cm
-1

, 

1575-1585cm
-1

, 1500-1510cm
-1

, 1000-1020cm
-1

 

and 720-730cm
-1

. Bands assigned for ethylene CH2 

group of -O-(CH2CH2)-O- moiety are also observed 

at 1450-1465cm
-1

 and 840-855cm
-1

. The peak at 

1410cm
-1

 corresponded to C-C stretching vibration 

of the benzene ring which was a stable group.  

It was the characteristic absorption peak of PET. 

The presence of ester groups at 1709 and 1268cm
-1

 

which preferred to break under certain conditions. 

In case of spectra (AS 2P-4P), the characteristic 

peaks of the sol-gel materials including the O-H 

stretching bands at 3500-3300cm
-1

. The band at 

1630-1650cm
-1

 arose from the H–O–H bending of 

the absorbed water in case of coated samples only. 

Si-CH3 bands give rise to a symmetric CH3 bending 

band in the 1230-1245cm
-1

 range. At 1030-1045cm
-1 

the strong band of siloxane (Si-O-Si) is appeared. 

Phosphorylated coated materials (AS-2P to 4P) 

spectra show P-OH groups as; two broad bands in 

the 1030-1045cm
-1

 region. P=O group is present as 

a strong band near 1250cm
-1

. The characteristic 

absorption band of silanol groups (Si-OH) formed 

during the hydrolysis of the alkoxy groups in 

methyltrimethoxysilane (MTMS) could be enclosed 

in this band beside other OH groups. Given that the 

other characteristic band for Si-OH groups at 

950cm
-1

 frequently appeared as; a shoulder, we 

presume that the poly-condensation reaction 

occurred to a very high degree [36].  

In general when we are comparing the four 

spectrums of un-treated and treated samples we find 

the O-H stretching at 3425-3435cm
-1 

increased by 

UV/Ozone radiation and sol-gel coated samples 

because the phosphorylated sol-gel materials are 

rich with such groups, these band intensity 

decreased with increasing the exposure time due to 

partial drying and oxidation of the treated samples. 

C=O stretching band at 1708-1720cm
-1

 decreased 

due to treatment because most of phosphorylated 

sol-gel is attached to it.  

 

3.4. Flammability Test  

The flammability results are summarized in Table 2. 

Untreated polyester fabric is a flammable polymer 

as; shown by the LOI of 18.0%. It achieved class-3 
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classification in the UL/94 test. Irradiation the 

sample AS-2P to UV/Ozone for 30 minutes 

increased the LOI to 24.0% and improved the 

UL/94 rating to class-1 classification. The LOI of 

AS-3P was more than doubled when coated with 

phosphorylated sol-gel after irradiating for 90 min 

and the best UL/94 (class-1, RB = 0 mm/min) 

classification was obtained. Therefore, LOI and 

UL/94 show that AS-3P is flame-retarded well AS-

3P is not as flammable as un-treated one (AS-1P) 

by far. It showed a high LOI (22.0% instead of 

18.0%) and reached class-1 classification in UL/94.  

 

3.5. Thermal analyses  

3.5.1 Thermogravimetric analysis 

Thermogravimetry (TG) provided quantitative 

information on the weight change process. The 

amount of char residue formed in thermal 

degradation of a polymer is a measure of its flame 

resistance. The amount of final residue provides 

quantitative information about the flame-retardants 

activity. Figure 6 shows TGA curves for coated (AS 

2P-4P) and uncoated (AS-1P) samples after 

irradiating to UV/Ozone for different periods. It is 

illustrated that the AS-1P exhibit weight loss in 

three steps. The initial stage is observed up to 

355.1°C and includes no sample loss. Up to 486°C 

the second step occurs.   

The mass loss in this stage is due to thermal 

decomposition into CO and carbonaceous char [37, 

38] whereas the third weight loss (486-750°C) 

dehydration and charring reactions tend to be 

completed with lower thermal stability. It can be 

seen from Figure 6 that, the coated samples (AS 2P-

4P), display weight loss in three steps as well. First 

step is nearly up to 331°C (0.3% in case of AS-2P, 

10.3% in case of AS-3P and 9.7% in case of AS-4P). 

In case of second step, the second temperature 

range, actually exhibited one distinctive mass loss 

peak between 331-520°C.  

Mass loss in all coated samples may be explained as 

follows: Thermal degradation of phosphorylated 

sol-gel coating begins at a temperature well below 

that required for thermal degradation of polyester. 

Thus the coating acts as initial source of ignition in 

treated polyester samples. Therefore, in second step, 

the mass loss is mainly due to complete 

decomposition of the protective coating and partial 

decomposition of polyester.  

At the third weight loss (520-750°C) the dehy-

dration and charring reactions tend to be completed 

and the weight loss is 72% (AS-2P), 67% (AS-3P) 

and 69% (AS-4P). This Figure and weight loss 

percent indicates that AS-3P sample has more char 

(residue) than other samples because it is more 

bonded with the polyester layer than other coating, 

which plays an important role in protection of 

polyester from ignition as sacrificial layer, so it is 

indicative of an effective flame-retardant action. 

 

3.5.2 Differential scanning calorimetry 

Differential scanning calorimetry (DSC) traces for 

un-treated (AS-1P) and treated (AS 2P-4P) samples 

with UV/Ozone for different periods are shown in 

Figure 7. Table 3 indicates the values of the glass-

transition temperature (Tg) and the melting 

temperature (Tm) of all the components of the 

samples. This data illustrate that, the Tg values is 

started to increase in direction of coated samples 

until record the highest value (103.35
o
C) in case of 

sample irradiated with UV/Ozone for 90 min, and 

then started to decrease (90.76
o
C) in case of AS-4P 

which irradiated for 125 min. On other hand, the Tm 

is affected by irradiating periods with UV/Ozone. It 

is clear from Table 3 that a maximum increasing in 

Tm was achieved in case of AS-3P. The melting 

temperature of the coated samples (Tm.c) is 

considered the higher value in case of AS-4P than 

other coated samples, while in case of uncoated 

sample it has disappeared. These results were 

supported by oxygen index and UL/94 either. The 

difference in the shape and area under the peak was 

noticed in Figure 7 as well. Firstly, the effect of 

UV/Ozone on the polyester samples thermal 

stability was observed as endotherm at the range of 

123-126
o
C, since the broader endotherm was 

formed in both of coated samples after treating with 

UV/Ozone for different periods. It is clear that, the 

area under the peak was decreased in case of AS-3P 

and became more sharply than that of the other 

coated samples. In case of un-treated sample, a 

broader endotherm appeared at 260
o
C, which 

decrease toward AS-4P to form a sharp one than 

other coated samples. This variation in shape was 

attributed to the different degrees of crystallinity 

found in the samples with different irradiation 

periods of UV/Ozone treatment. The curve of un-

treated sample (AS-1P) at 399
o
C illustrated the 

presence of an exothermic peak, which disappeared 

in case of the treated samples (AS-2P to 4P).  

At 440
o
C observed change in endothermic area, the 

area became larger and broader at AS-4P sample. 

This may have indicated the existence of PSG 

coating with polyester fabric. It is clear that heat 

flow changed as the samples exposed to UV/Ozone 

for different periods. These changes were attributed 

to a variation in crystallization, and are shown in 

Table 3. Finally, there is a new peak with broader 

exotherm found in all treated samples except 

untreated one at 612
o
C. The highest area under the 

peak was recorded in case of AS-3P and started to 

decrease in case of sample AS-2P then AS-4P. This 
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new peak can be used to approve the decomposition 

of the residual components of the samples.  

 

4. Conclusions  

Thermal characterization gave a fairly good idea of 

the changes taking place in the PET polymer. The 

variation in shape and area of endothermic and 

exothermic peaks indicated changes in Tg, Tm and 

Tm.c regions.  
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Fig. 1. Limiting oxygen index instrument. 

 

 
Fig. 2. Flam chamber (UL/94) instrument. 

 

 

 
Fig. 3. Effect of UV/Ozone exposure time on the fabric 

weight of polyester fabric. 

 

 

 
Fig. 4. Effect of UV/O3 radiation on polymeric materials 

(PH) [29, 30]. 
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Fig. 5. FTIR spectra of treated samples (AS 2P-4P) and 

un-treated one (AS-1P) after irradiating with UV/Ozone 

for different time periods. 

 

 
Fig. 6. Thermogravimetric studies of un-treated and 

treated samples with phosphorylated sol-gel coating after 

exposuring to UV/Ozone for different periods (P1 at zero 

min; P2 at 30 min; P3 at 90 min and P4 for 125 min). 

 

 

Table 1. Effect of UV/Ozone exposure time on colour 

components, yellowness and whiteness values of 

polyester fabric. 

Sample 

name 

Exposed 

time /(min) 
L a b W Y 

AS-1P 0 92.19 -0.77 1.44 74.40 2.56 

AS-2P 30 91.97 -0.80 1.79 72.22 3.25 

AS-3P 90 91.20 -0.89 2.27 70.07 4.10 

AS-4P 125 91.17 -0.71 2.91 65.10 5.56 

L (lightness), a (red-green), b (yellow-blue), W 

(whiteness) and Y (yellowness). 

 

 

Table 2. It has the Flammability results (reaction to 

small flame) which determined by LOI and UL/94.  

Samples 

after 

treating with 

UV/Ozone 

for diff. 

times (min)  

LOI  

(%) 

UL/94 

RB  

(mm min
-1

) 

Classification 

of fabric 

0 18 109 class-3 

30 24 0 class-1 

90 27 0 class-1 

125 22 0 class-1 

 

 

 

 

 

 

 

 

 

 

 

Fig. 7. DSC curves for un-treated sample (AS-1P), 

coated sample after irradiation with UV/Ozone periods, 

AS-2P (30 min), AS-3P (90 min) and AS-4P (125 min). 
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Table 3. Values of transition temperature and heat of fusion for un-treated and treated samples. 

 

        Samples 

                                     Data 

Tg 

/
o
C 

Tm.c 

/
o
C 

∆H 

/J g
-1

 

Tm 

/
o
C 

∆Hm 

/J g
-1

 

Td1 

/
o
C 

∆H1 

/J g
-1

 

Td2 

/
o
C 

∆H2 

/J g
-1

 

AS-1P 77.95 -- -- 260.02 -7.92 399.10 +7.13 440.47 -18.59 

AS-2P 94.23 123.19 -6.62 262.09 -13.88 413.09 -25.46 607.41 +8.83 

AS-3P 103.35 125.33 -5.17 262.50 -20.69 419.82 -23.50 618.81 +27.67 

AS-4P 90.76 120.85 -4.73 262.01 -10.29 405.88 -13.39 603.29 +7.63 

Tg is the glass-transition temperature, Tm is the melting temperature, Tm.c is the melting temperature of the coated 

samples, ∆H is the heat of fusion, ∆Hm is the heat of fusion of melting temperature, Td1 is the temperature of the 

first decomposition, ∆H1 is the first heat decomposition, Td2 is the temperature of the second decomposition and 

∆H2 is the second heat decomposition. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  
                                
For many years thermoplastics have been 
extensively used in a wide variety of applications 
due to their relatively cheap cost and high 
processability, particularly by injection moulding. 
However, commodity polymers such as 
polypropylene and Nylon have relatively poor 
mechanical properties, which limits their use to non-
structural applications. The use of short glass fibre 
reinforcement is a well established means of 
significantly improving mechanical performance 
without compromising processability. Apart from 
the fibre and matrix properties, the mechanical 
properties of the final component are crucially 
dependent on the fibre orientation distribution 
developed during the process. The most important 
variable, arguably, is the fibre orientation 
distribution produced in a component during the 
injection moulding process, which depends on a 
number of factors, most notably the mould cavity 
shape. Consequently, accurate prediction of fibre 
orientation is essential for the design process of 
commercial components [1].   
 
Within this paper we compare predictions of short 
glass fibre orientation developed during injection 
moulding based on the reduced strain closure (RSC) 
[2], Moldflow Adjusted Folgar-Tucker and the 
original Folgar-Tucker [3] models within Autodesk 
Simulation Moldflow 2013. Test geometries include 
simple flat plates of 2 and 4 mm thicknesses (2 mm 
data will only be shown here) and a centre-gated 
disc of 1 and 2 mm thickness. Accuracy of fibre 
orientation predictions from both models have been 
evaluated by comparing with experimental data at 
specific locations within the test mouldings. 
 

 

2 Sample Preparation and Testing 

2.1 Injection Moulding  

A series of geometries were moulded at the 
University of Bradford to provide samples for fibre 
orientation measurement at the University of Leeds. 
Two flat plates 40 mm wide and 120 mm long were 
selected with thicknesses of 2 and 4 mm. Both plates 
were gated at one end using a fan and well 
configuration, the 2 mm plate having an inlet gate 
thickness of 0.5 mm and the 4 mm plate having a 
gate inlet thickness of 2mm, Figure 1. An additional 
pair of centre-gated discs were also moulded with 
diameter 95 mm and thicknesses of 1 and 2 mm, 
Figure 2. All samples were moulded from Rhodia 
216 v40 a 40% wt short glass fibre reinforced Nylon 
6. 

2.2 Fibre Orientation Measurement 

Fibre orientation measurements were conducted at 
the University of Leeds using an optical microscopy 
technique [4]. Samples were taken at two locations 
(A and B) along the flow path within the flat plate 
geometries, Figure 1.  Orientation angles θ and φ 
were averaged over the sample width to produce 
orientation distribution plots through the plate 
thickness. The centre-gated disc geometry had three 
sample locations (A, B and C) located 16.5, 25.15 
and 36.3 mm from the centre. Samples were also 
taken at four radial locations around the disc at 90o 
angles. Orientation angles θ and φ were compared to 
ensure accurate results and suitable mould 
balancing. These results will not be shown here. 
 

3 Injection Moulding Analysis 

Autodesk Simulation Moldflow fibre orientation 
predictions for short glass fibre reinforced materials 
re implemented using the three available models; 

PREDICTION OF FIBRE ORIENTATION IN SHORT GLASS 
FIBRE REINFORCED COMPOSITE INJECTION MOULDING 

 
P. Caton-Rose1*, P.J. Hine2,  B. Parveen1 

1 EDT, University of Bradford, Bradford, UK, 2 University of Leeds, Leeds, UK 
* Corresponding author (p.caton-rose@bradford.ac.uk) 

 
Keywords: short, glass, fibre, compsosite, injection, moulding, prediction 
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Folgar-Tucker, modified Folgar-Tucker and 
Reduced Strain Closure, with specification of each 
model parameter ci, Dz and k defined so as to obtain 
the optimum analysis result.  
 
A review of each of these models was presented by 
Wang et al (2010) [5], were each model was related 
to the second order orientation tensor (Advani and 
Tucker, 1987), defined as 
 
  A = pp    (1) 
 
were p is the unit vector along the fibre length and 
“<>” denotes a volumetric average domain. 
 
The Folgar-Tucker model defines the orientation 
tensor in terms of vorticity (W), rate of deformation 
tensor (D), a particle shape parameter ζ and the fibre 
interaction coefficient ci. 
 

  
(2) 

 
is the forth order orientation tensor and is 
commonly approximated by a closure function. 

 
The modified version of the Folgar-Tucker model, 
developed by Moldflow, includes an additional 
parameter Dz, ranging between 0 and 1, and seeks to 
reduce the effect of the fibre interaction term. A Dz 
value of 1 returns the modified equation to the 
original Folgar-Tucker model. 
 
 

  
(3) 

 
The Reduced Strain Closure model modifies the 
Folgar-Tucker equation (2) by introducing an 
additional scalar factor k to slow the fibre 
orientation kinetics. Currently k can only be 
assigned from experimental data. 
 

 

  
(4) 

 
Table 1 summarises the feasible applications of the 
three fibre orientation models in terms of Autodesk 
Moldflow analyses along side the associated limits 
of their respective parameters. 
 

Midplane / Dual 
Domain 

3D 

Folgar-Tucker 
Fibre interaction 

coefficient ci (<0.1) 
Larger ci implies more 
fibre-fibre interaction 

Folgar-Tucker 
(Default) 

Fibre interaction 
coefficient ci (<0.1) 

Larger ci implies more 
fibre-fibre interaction 

Modified Folgar-
Tucker (Default) 

Thickness moment of 
interaction Dz (0<Dz<1) 

Fibre interaction 
coefficient ci (<0.1) 

- 

Reduced Strain 
Closure (RSC) 

Scalar factor k (<1) 
k determined by fitting 

experimental data 
Fibre interaction 

coefficient ci (<0.1) 

Reduced Strain 
Closure (RSC) 

Scalar factor k (<1) 
k determined by fitting 

experimental data 
Fibre interaction 

coefficient ci (<0.1) 
 

Table 1. Fibre orientation models within Autodesk 
Moldflow including limits of their respective parameters 

 
All geometries were modeled as midplane analyses 
with 20 layers through the thickness. In order to aid 
comparisons between experimental and 
computational fibre orientation data a line of 
coincident nodes were placed along the fibre 
orientation measurement locations. As an example, 
the flat plate geometry contained 2000 elements 
each with 20 layers through thickness. Alternate 
mesh densities were also studied and found to 
produce similar predictions of fibre orientation. 
 

€ 

DA
Dt

= W • A − A •W( ) + ξ D • A + A • D − 2Λ :D( ) + 2Ci ˙ γ I − 3A( )

€ 

Λ

€ 

DA
Dt

= W • A − A •W( ) + ξ D • A + A • D − 2Λ :D( ) + 2Ci ˙ γ I − (2 +Dz)A( )
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3  

Fibre orientation model parameters were defined as 
shown within Table 2, with modified Folgar-Tucker 
Dz values decreasing from 0.8 to 0.2 in 0.2 steps. 
 

Fibre 
Orientation 

Model 

ci Dz k 

    
Folgar-Tucker 0.1 - - 
Folgar-Tucker 0.01 - - 
Folgar-Tucker 0.001 - - 
Folgar-Tucker 0.0001 - - 
Folgar-Tucker 0.00001 - - 

Modified 
Folgar-Tucker 

0.1 0.8 - 

Modified 
Folgar-Tucker 

0.01 0.8 - 

Modified 
Folgar-Tucker 

0.001 0.8 - 

Modified 
Folgar-Tucker 

0.0001 0.8 - 

Modified 
Folgar-Tucker 

0.00001 0.8 - 

Modified 
Folgar-Tucker 

0.1 0.6 - 

… … … - 
Modified 

Folgar-Tucker 
0.00001 0.2 - 

RSC 0.00001 - 0.8 
RSC 0.00001 - 0.6 
RSC 0.00001 - 0.4 
RSC 0.00001 - 0.2 
RSC 0.00001 - 0.1 
RSC 0.00001 - 0.01 
RSC 0.00001 - 0.001 
RSC 0.00001 - 0.0001 
RSC 0.00001 - 0.00001 

 
Table 2. Fibre orientation model parameters 

Based on preliminary results from the orientation 
parameters shown in Table 2, optimum values of 
each parameter were specified for the 4 geometries 
based on comparison with experimental values of 
fibre orientation. 

 

 

 

4 Results  

4.1 Experimental Fibre Orientation Data 
Fibre orientation measurements for the 2 mm flat 
plate geometry are shown in Figure 3, with typical 
skin – shell – core type structures. The orientation of 
the core region at location A (0.46) relates to a slight 
transverse fibre orientation compared to the 
direction of flow. As the flow extends to location B 
the fibres are almost completely aligned with the 
direction of flow, the minimum orientation factor 
being 0.65. As a note, a fibre orientation factor of 
1.0 would denote fibres perfectly aligned in the 
direction of flow (X). 
 
For the centre-gated geometry, experimental fibre 
orientation data demonstrates an asymmetric skin – 
shell – core structure with the core tending towards 
the top of the sample nearest to the point of 
injection, Figure 4. Also, due to the radial flow 
nature of the geometry, the orientation along the 
flow path results in fibres transverse to the direction 
of flow, ie converse to the flat plate geometry. 
 
4.2 Predictions of Fibre Orientation 
The Folgar-Tucker model tends to over predict the 
level of fibre orientation within the shell region of 
the flat plate geometries for all values of fibre 
interaction coefficient ci with the exception of 0.1, 
which resulted in an approximately random 
orientation distribution though the entire sample 
thickness, Figure 5. This follows published data on 
the application of the Folgar-Tucker model for 
highly filled systems and was the cause for the 
modification of the theory by AutoDesk Moldflow. 
However, based on the results shown in Figure 5 the 
optimum value for the fibre interaction coefficient ci 
was determined to be approximately 0.025. 
 
With the inclusion of the thickness moment of 
interaction parameter Dz the average orientation at 
location A of the flat plate geometry was shown to 
change significantly for the modified Folgar-Tucker 
model, with respect to both fibre interaction 
coefficient and Dz, Figure 6. Notably reductions in 
the thickness moment of interaction resulted in 
corresponding reductions in the average orientation. 
At fibre interaction coefficients of 0.01 and above, 
the Dz above 0.4 converged whilst those below 0.4 
continued to decrease the orientation average. 
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Taking the fibre interaction coefficient (ci) of 0.001 
as an example, Figure 7, the reduction in average 
orientation with respect Dz can be seen to be not a 
reduction in maximum fibre orientation, in fact for a 
Dz value of 0.4 the maximum is higher than that for 
a Dz of 1.0, but a broadening of the fibre orientation 
distribution curve through the sample thickness. 
Specifically, for a Dz value of 1.0, relating to the 
original Folgar-Tucker formulation, the region of 
high orientation above 0.9 within the shell covers 
nearly 50% of the sample thickness. Lower values of 
Dz such as 0.4 and 0.2 showed an initially high 
degree of orientation in the shell followed by a rapid 
reduction within the outer 0.5 mm of the sample 
thickness. The minimum fibre orientation for all 
modified Folgar-Tucker models was shown in the 
centre of the sample, having an orientation factor of 
just below 0.5. 
 
Based on the results shown in Figures 6 and 7, the 
optimum values for the modified version of the 
Folgar-Tucker model were determined for both 
locations of the 2 mm flat plate geometry (Dz = 0.15 
and ci = 0.0057). Comparison with experimental data 
is shown in Figure 8. 
 
The Reduced Strain Closure model showed a greater 
degree of change on the maximum fibre orientation 
with respect to both the scalar factor k and the fibre 
interaction coefficient (ci) compared to the Folgar-
Tucker and modified Folgar-Tucker models, Figure 
9. At ci values, below 0.001, the scalar factor k 
reduced the maximum orientation from 0.96 for 
k=1.0 to 0.9 for k in the range of 0.01 to 0.00001. A 
ci of 0.001 showed almost identical maximum 
orientation for all values of k. Above 0.001 ci the 
maximum orientation in the plate geometry reduced 
significantly with increasing k, with k>0.4 having 
the lowest fibre orientation maximum of 0.5, 
randomly oriented fibres. When considering the 
average fibre orientation at location A, a similar 
behavior as described above was found although the 
convergent result at the ci value of 0.001 shifted in 
the case of the average orientation to approximately 
0.01, Figure 10.  
 
Overall, the Reduced Strain Closure model showed 
the closest approximation to the experimental fibre 
orientation distribution for the flat plate geometry, 
with a k value of 0.1 and ci 0.0057, Figure 11. 

5 Discussion 

5.1 Comparison with Published Data 
Results shown within the previous section defined 
the optimum values of the three fibre orientation 
models for the 2 mm flat plate geometry, Table 3.  
 

Fibre 
Orientation 

Model 

ci Dz k 

    
Folgar-Tucker 0.025 - - 

 
Modified 

Folgar-Tucker 
0.0057 0.15 - 

 
 

RSC 0.0057 - 0.1 
 

 
Table 3. Optimum fibre orientation model 

parameters based on 2 mm flat plate geometry 

 

When compared to published work, the optimum 
value of ci described above (0.025 for the Folgar-
Tucker model) was found to be significantly higher 
than for example 0.00043 as calculated from the 
proposed theory of Tucker and Advani, equation 5 
 

ci = 0.0184exp −0.7148Vf
L
d

⎛
⎝⎜

⎞
⎠⎟   (4)       (5) 

 

where Vf is the volume fraction of glass fibres within 
the composite (21%), L is the fibre length (250 µm) 
and d is the fibre diameter (10 m).  In contrast, the 
optimum value for both the modified Folgar-Tucker 
and Reduced Strain Closure models appears closer 
to the proposed theory although is an order of 
magnitude higher. 

 

5.2 Comparison with Centre-Gated Disc Analysis 
It is of significant scientific and commercial interest 
to determine if these optimum values for fibre 
orientation models such as the Folgar-Tucker and 
Reduced Strain Closure are applicable across 
different geometries. For this reason a series of 
analyses were conducted using the optimum values 

µ
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described above for both 4 mm flat plates and the 
centre-gated disc. The results for the 2 mm centre-
gated disc are discussed below. 
 
The optimum value for the fibre interaction 
coefficient as described by the 2 mm flat plate 
geometry analysis (0.025) has been used within the 2 
mm centre-gated disc model. Results from this 
analysis showed significant differences between 
experimental and predicted fibre orientations, Figure 
12. Whilst the analysis correctly predicted a core 
orientation of approximately 0.2, the width of the 
core region was significantly under predicted. 
Orientation within the shell region was also over 
predicted. 
 
The modified version of the Folgar-Tucker model 
was in closer agreement to the experimental data at 
both locations A and C of the centre-gated disc. 
Significantly, whilst the maximum and minimum 
orientation in the direction of flow remained almost 
unchanged, the shape of the orientation distribution 
curve showed a wider core region. However, as with 
the flat plate geometry, the model resulted in an 
overall over prediction of orientation in the direction 
of flow. 
 
 In contrast to the flat plate geometry, the Reduced 
Strain Closure model showed no improvement in 
fibre orientation predcitions compared to the 
modified version of the Folgar-Tucker model. In 
fact, the levels of orientation through the entire 
thickness of the centre-gated disc were significantly 
higher than those found experimentally. Specifically 
the maximum orientation was predicted to be 0.825 
compared to 0.73 experiments and the minimum 
0.39 compared to 0.073. Also of interest is the lack 
of change of fibre orientation distribution along the 
flow path from locations A and C. Further work is 
currently ongoing to assess the effects of the scalar 
factor k and fibre interaction coefficient ci on the 
centre-gated geometry. Results from this work will 
be presented at ICCM 19. 

 

4 Conclusions  

Based on the results to date it appears that the 
Reduced Strain Closure fibre orientation prediction 
model offers a clear route to enhanced fibre 

orientation analysis accuracy. It should however be 
noted that the specification of the scalar factor k is 
currently only determinable via experimental 
comparison and as such not viable for complex 
geometries. Within these studies, whilst the Reduced 
Strain Closure model provided the most accurate 
prediction for orientation within the flat plate 
geometry, it failed to achieve the same degree of 
agreement when applied to radial flow, within the 
centre-gated disc. Further work is currently 
underway to investigate the thickness effects during 
the moulding an analysis of the 4 mm flat plate and 
1 mm centre-gated disc. This work will be presented 
at ICCM 19. 

The modified version of the Folgar-Tucker also 
demonstrated improved fibre orientation analysis 
predictions when compared to the original 
unmodified case. Whilst, this model over predicted 
the level of orientation in both cases it remains of 
interest. Work is ongoing to assess the effect of 
geometry changes such as thickness on the accuracy 
of this model. It remains the industry standard at the 
time of writing and the default model within 
AutoDesk Simulation Moldflow. 

 
 

 
Fig.1. End gated flat plate geometry with fibre 

orientation measurement locations A and B 
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Fig. 2. Centre-gated disc geometry with fibre 
orientation measurement locations A, B and C 

 

 
 

Fig. 3. Fibre orientation measurements for 2 mm 
thickness flat plate geometry at Locations A and B 

 

 
Fig. 4. Fibre orientation measurements for 2 mm 

centre-gated disc at Locations A, B and C 
 
 

 
 

Fig. 5. Fibre orientation predictions for the Folgar-
Tucker model with varying ci 

 
 

 
Fig. 6. The effect of fibre interaction coefficient and 

thickness moment of interaction for the modified 
version of the Folgar-Tucker model on the average 

fibre orientation at location A of the flat plate 
 

 
Fig. 7. Thickness moment of interaction (Dz) effect 
on fibre orientation distribution through the sample 

thickness of 2 mm flat plate at location A 
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Fig. 8. Optimum modified Folgar-Tucker model 
fibre orientation predictions for locations A and B of 

the 2 mm flat plate 
 

 
 

Fig. 9. The effect of fibre interaction coefficient (ci) 
and scalar factor (k) for the Reduced Strain Closure 

model on the maximum fibre orientation in the 
direction of flow at Location A for the 2 mm flat 

plate 
 
 
 
 
 
 

 
 

Fig. 10. The effect of fibre interaction coefficient (ci) 
and scalar factor (k) for the Reduced Strain Closure 

model on the average fibre orientation in the 
direction of flow at location A for the 2 mm flat 

plate 
 

 
 

Fig. 11. Optimum Reduced Strain Closure model 
fibre orientation prediction at location A for the 2 

mm flat plate 
 

 
 

Fig. 12. Folgar-Tucker fibre orientation predictions 
for locations A and C of the centre-gated disc using 

optimum ci from flat plate analysis 
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Fig. 13. Modified Folgar-Tucker fibre orientation 
predictions for locations A and C of the centre-gated 
disc using optimum ci and Dz from flat plate analysis 

 

 
 

Fig. 14. Reduced Strain Closure fibre orientation 
predictions for locations A and C of the centre-gated 
disc using optimum ci and Dz from flat plate analysis 
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1 Introduction  

Over the past decade carbon nanotubes (CNTs) have 
been incorporated as reinforcement not only in 

metal, ceramic and polymeric matrices, [1] but also 

as an additional constituent in continuous fibre 

composites. [2] One of the major challenges has 
been to distribute and disperse high loading fractions 

of CNTs in nanocomposites (NCs) and hierarchical 

composites (HCs). Choosing a suitable processing 
route is critical to tailoring properties at the 

nanoscale, which will in turn determine how the 

material behaves in the bulk.  
With regards to the relationship between material 

properties and micro or nanostructure, nanotube 

agglomerates have been shown to be detrimental to 

all nanocomposite properties. Traditional dispersion 
techniques such as simple stirring and sonication 

have produced good quality nanocomposites for low 

CNT loadings, but have been ineffective once the 
nanotube volume fraction is increased beyond a few 

percent. [3] Thus far, producing good quality 

composites with high CNT content has been 
achieved with techniques such as layer-by-layer 

(LBL) deposition [4], resin infiltration of 

buckypapers [5], drawing, aligning and stacking 

CNT sheets [6] or resin infusing continuous and 
aligned CNT forests [7]. The properties of these 

composites have been impressive with 

improvements of as much as 716% for Young’s 
modulus and 160% for tensile strength [6]. 

However, these methods are not readily and cheaply 

scalable with existing polymer composite processing 

and manufacturing equipment to produce high 

quantities of nancomposite, and therefore are not 

routes by which this new class of material could be 
incorporated in commercial applications. 

Shear mixing by three roll milling was first 

identified as a promising approach for dispersing 

CNTs in epoxy resins by Gojny. [8] Thostenson and 
Chou have successfully employed this technique to 

produce a nanocomposite that benefited from 

multifunctional (mechanical, electrical and thermal) 
enhancements with as much as 5wt% multi walled 

carbon nanotubes (MWCNTs). [9] Rosca and Hoa 

also used three roll milling to disperse as much as 
8wt% CNTs in epoxy and optimized processing 

parameters to maximise the electrical conductivity 

of the resulting nanocomposite. [10] Unfortunately, 

there are no reports as to the success of shear mixing 
nanocomposite with higher CNT loadings. 

There are two principal routes to producing HCs: 

applying the nanoreinforcement to fibres or the 
matrix. The first has been extensively reviewed in 

[2]. Furthermore, in addition to sizing or grafting 

carbon fibres with CNTs, fibres have also ben 
conferred nanostructure via activation and carbon 

aerogel (CAG) modification in a recent StoRAGE 

effort [11] to develop multifunctional structural 

composites. The CAG modification in particular has 
yielded impressive results with a 500-fold increase 

in surface area of the fibres. When combined with a 

polymeric electrolyte matrix, the resulting composite 
showed a doubling of in-plane shear strength, 5-fold 

improvement of in-plane shear modulus and 3.5 fold 

enhancement of the compressive modulus and 

strength. 
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SCALABLE PRODUCTION OF EPOXY BASED NANOCOMPOSITES 

AND HIERARCHICAL COMPOSITES WITH HIGH CNT LOADINGS 

Attempts to produce HCs by reinforcing the matrix 

with CNTs have been plagued by processing 

difficulties caused by the increased matrix viscosity 
and nanotube infiltration. Some groups [12-14] have 

tried manufacturing HCs by conventional methods 

such as resin transfer moulding (RTM) and resin 
film infusion (RFI), but using matrices containing 

more than 1wt% CNTs resulted in CNT 

agglomeration and partial impregnation of the 

continuous fibres. Chen adapted the drum winding 
technique directly from prepreg manufacturing and 

produced good quality HCs containing 1.5% CNTs 

by volume of matrix [15]; however, this method is 
limited to low CNT concentration as increasing the 

CNT loading would render the impregnation bath 

too viscous for successful impregnation. Yokozeki 
has demonstrated the capability to produce good 

quality HCs in terms of homogeneity, CNT 

dispersion and distribution as well as mechanical 

and multifunctional properties using a wet 
impregnation route. [16-18] 

The addition of nanoreinforcement to continuous 

fibre composites has been shown to improve both in- 
and out-of-plane properties. Compression and 

flexural strength were improved by as much as 15% 

and 18%, respectively, when adding between 5 and 

10wt% cup stacked CNTs to the resin of a carbon 
fibre composite. [19] As for matrix dominated 

material properties, adding 0.25wt% CNTs to carbon 

fibre-epoxy composite improved  interlaminar shear 
strength (ILSS) by 27% [20]. Most impressively, 

Mode I and Mode II fracture toughness were 

enhanced by 100% and 28% improvements in, 
respectively, by adding 5wt% cup stacked CNTs to 

an epoxy matrix before impregnating unidirectional 

carbon fibre. [17] Aligned CNT forests can also be 

placed in the interlaminar region of a laminate 
before consolidation, resulting in ILSS, Mode I and 

Mode II fracture toughnesses improvements of 69%, 

150% and 200%, respectively.[21, 22] However, this 
route does not provide nanoreinforcement to the 

intralaminar space. 

This work is primarily concerned with developing a 
processing route that allows the manufacturing of 

NCs and HCs with higher CNT loadings than 

previously reported using scalable processes. If good 

CNTs distributions and dispersions   are achieved 
and maintained throughout processing, the resulting 

composites should have improved properties even at 

high CNT loadings. 

2 Experimental 

2.1 Materials 

The raw materials were chosen so as to promote the 
development of a scalable process. To this end, 

Nanocyl NC7000 multiwall carbon nanotubes are 

both affordable (€120/kg in 2012) and produced in 
large quantities. When choosing a resin system, 

there were two considerations. The first was to 

upgrade the properties of a cheap resin so that it 

could be used for structural applications. The second 
was that the nanocomposite was to be employed in 

the production of hierarchical carbon fibre 

composite prepreg by wet powder impregnation. For 
these reasons EPIKOTE 1001 was chosen because it 

is a relatively inexpensive coating resin, it is solid at 

room temperature and it is not soluble in water. 
Although dicyandiamide (DICY) is water soluble, it 

was used in small enough proportions as the 

hardener that it was completely encapsulated by the 

resin. Hexcel AS4C-GP in 12k tows was chosen as 
the carbon fibre, an epoxy sized variant of the AS4 

fibres that are popular in the composite industry for 

structural applications. The epoxy sizing not only 
makes the fibres more compatible with the epoxy 

based matrix, but also makes for easier handling and 

less fibre damage as they pass through the 

impregnation line. 

2.2 NC processing 

The resin and hardener were combined with 2.4, 4.8, 

9, 13 and 20% CNTs by weight of the composite. 
Control samples were prepared without any CNTs. 

The raw materials were mixed using a co-rotating 

PRISM TSE 16 TC twin screw extruder (Thermo 
Scientific HAAKE, UK) at temperatures up to 

125°C. The nanocomposite product was then ground 

into a powder using a cryogenic ball mill (Cryomill, 

Retsch UK).  
The powder was consolidated in dogbone shaped 

compression moulds. The powder filled moulds 

were vacuum bagged in a fashion similar to bagging 
a composite for autoclaving. The moulds were 

heated to 125°C under vacuum to allow the powder 

to melt while the air was removed. Following a 30 
minute dwell to allow for melt relaxation, 4 tons of 

pressure (Moore Presses, UK) was applied to the 

mould, followed by curing at 165°C for 1 hour. The 

samples were further post-cured at 165°C overnight 
without vacuum. The control sample was cured 
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following the same temperature profile, but in a 

vacuum oven and without a plunger. 

2.3 HC manufacturing 

HCs were manufactured using an adapted wet 

powder impregnation route (Figure 1). The 

impregnation slurry consisted of nanocomposites 
powder suspended in deionised water with the aid of 

Triton X-100 surfactant (Sigma Aldrich, UK). The 

proportions of the slurry components were initially 

taken as those used by Ho, but required adjustment 
to produce prepregs with ~55% fibre volume 

fraction (Vf) consistently. 

The carbon fibre was pulled through the 
impregnation bath with a tension of 10 N and speed 

of 6-7 rpm. The drum winder was run for 30-35 

revolutions before the tow leading onto the drum 
was cut, the prepreg was removed by cutting it 

across the length of the drum and it was unrolled 

from the drum onto a sheet of PTFE film to dry. 

The prepregs were dried at ambient conditions as 
well as under vacuum. The volume fractions of the 

plies were estimated from the weight of the plies, the 

amount of fibre in the plies and the densities of the 
fibre and matrix. Removing the prepreg from the 

relatively small diameter winding drum induces out 

of plane waviness, which was removed by hot 

pressing each ply at 100°C and 1 ton of pressure. 
Laminates were 18 ply stacks with those prepregs 

closest to 55% Vf in the middle and those with lower 

Vf at the extremities to allow for some matrix bleed. 
Stacked plies were debulked for 10-15 minutes in a 

vacuum table (Vacform Composites, UK) 

throughout the lay-up process. The number of plies 
was selected in order to obtain a laminate 

approximately 3 mm thick. The middle plies were 

offset +3°/-3° to prevent fibre nesting and separated 

by 25 μm thick PTFE film (Aerovac Umeco, UK) 
inserted 60 mm into the laminate to form a starter 

crack for the fracture toughness measurements. 

Curing was done as with the NCs, but always 
including a dwell to allow melt relaxation. 

2.4 Physical characterization 

The curing of the nanocomposite was investigated 
by DSC (TA Q2000 DSC, TA Instruments) of the 

powder. The onset and peak temperatures were 

measured from dynamic scans at 5°C/min using the 

Universal Analysis 2000 software. To ensure that 
samples were fully cured, scans were followed by a 

fast dynamic scan at 20°C/min. Once a curing 

regime was established that ensured complete 

crosslinking, that regime was also applied to curing 
HCs.  

NC and HC compositions were determined by 

thermo gravimetric analysis (TGA) (PerkinElmer, 
UK) and acid digestion, respectively. Densities were 

measured with a pycnometer (Accupyc 1330, 

Micrometrics GmbH) and used in conjunction with 

the composition measurements to calculate void 
content. 

The dispersion and distribution of the CNTs in the 

epoxy system as well as the CNT pull-out length 
were characterised by SEM from the fracture 

surfaces of the tensile samples. Fractured samples 

were mounted onto aluminium stubs and sputter 
coated with a 5 nm thick layer of chromium to 

prevent electron charging. The specimens with the 

highest CNT loading were sufficiently conductive 

and did not require sputter coating. Imaging was 
done using 5 kV accelerating voltage. 

2.5 Mechanical testing 

The NC dog bone samples were consolidated in a 
mould shaped according to ASTM D638 (Type V) 

and polished with rotary polishing machine to 

remove any surface imperfections present from the 

moulding process. Strain gauges (FLK-1-11, TML, 
Japan) were glued to the working region of the dog 

bones with cyanoacrylate before tensile testing in an 

Instron 4505 screw driven machine at a reduced 
speed of 0.5mm/min due to the brittle nature of the 

material. The fracture surfaces were visually 

inspected to initially determine whether any defects 
or voids were present and then imaged by SEM to 

observe any microscopic inhomogeneities that could 

explain inconsistent mechanical properties. 

The Mode I interlaminar fracture toughness of the 
HC laminates was measured and calculated 

according to ASTM D5528. At least five 180 mm 

long and 20 mm wide specimens were cut from each 
laminate panel before aluminium loading blocks 

were bonded to the pre-cracked ends with Araldite 

2010 epoxy. The test was performed in the dual 
cantilever beam (DCB) configuration using a screw 

driven Instron 4505 testing machine (Instron 

Corporation, UK) which recorded load and 

displacement. Each specimen was pre-loaded at 
5mm/min to initiate the crack, unloaded at 5mm/min 

to the initial displacement and re-loaded at 1mm/min 
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to propagate the crack. Crack length was monitored 

with a camera and traveling stage device built in-

house. Mode I fracture toughness was calculated 
using the corrected beam theory (CBT). 

4 Results and discussion 

4.1 NC physical properties 

The cure acceleration effect is believed to be a result 

of the high thermal conductivity of the CNTs 

coupled with their high aspect ratio [23]. Figure 2 

shows typical curing exotherms from dynamic scans 
weighted to the mass of epoxy. The temperatures at 

the onset and peak of the curing reaction as 

measured from the dynamic scans are summarised in 
Table 1. The onset temperature decreases with 

increasing nanotube content, suggesting that the 

CNTs do initially accelerate the rate of curing. 
However, the temperature of the exotherm 

maximum does not vary significantly with CNT 

concentration. As the nanotube loading is increased 

the rate of reaction is initially accelerated, but 
increasing the CNT loading will cause the CNTs to 

impinge on the growing crosslinked structure, 

slowing the reaction rate as it approached the 
exotherm maximum. 

TGA of fragments cut from the dogbone grips was 

used to calculate weight percentages of CNTs in the 

nanocomposites that were 0.8-1.6wt% below those 
expected based on the proportions of constituents 

measured out before extrusion (Table 2). The mass 

loss can be attributed to a combination of CNTs 
being removed by the air extraction unit during the 

feeding of the pre-mix into the extruder and TGA 

measurement variability. Nonetheless, to the 
knowledge of the authors an 18.4% CNT weight 

fraction in thermosetting nanocomposite is the 

highest achieved through a shear mixing process. 

The volume fractions calculated from the measured 
weight fractions were used in a simple rule of 

mixtures (Equation 1) to calculate the projected 

nanocomposite density assuming complete 
consolidation and zero voids. The density values 

measured with a pycnometer were compared to 

those calculated from the rule of mixtures and found 
to be slightly lower suggesting that complete 

consolidation had not been achieved and the 

nanocomposites contained some porosity; however, 

quantitative analysis revealed that voids, in fact, 

occupy less that 1% of the sample volume (Figure 

3).  

For the type of CNTs used in this study 
agglomerates are typically a few micrometers in 

diameter and spaced 10-30 μm apart. [10] As 

evident in Figure 4, CNTs were not observed to have 
concentrated in agglomerates and, for the most part, 

even appeared to be individualised (Figure 5). 

Although proving promising, mechanical shearing in 
general has only been utilised as a means of 

producing nanocomposites with nanotube weight 

fractions of a few percent. The addition of nanotubes 

has been shown to dramatically increase matrix 
viscosity [24], creating high shear forces and heat, 

which could induce thermosetting matrices to 

crosslink and damage the mixing equipment. 
However, careful control of speed, torque and 

temperature has allowed excellent dispersion and 

distribution of high CNT loading fractions in 

epoxies. 
 

4.2 HC physical properties 

From visual examination of the prepregs, the 
impregnation appeared successful. Drying the 

prepreg overnight at ambient conditions allowed the 

majority of the water to evaporate. The resulting 
sheets were rigid, suggesting that the matrix 

particles had wet the carbon fibres, holding the tows 

together (Figure 6). Microscopic powder particles 

and macroscopic powder clusters could be observed 
on the surface (Figure 7). The clusters, in particular, 

reached dimensions on the order of a few hundred 

micrometers, sufficiently large to disturb fibre 
alignment and thus negatively impact compression 

performance. More worryingly, the large CNT 

loading in the powder particles renders them elastic, 
reducing the extent of matrix flow during 

consolidation, a process which tends to make a 

laminate more homogenous. The estimated Vf of the 

plies calculated ranged from 40 to 65%. Although 
the values were only a rough estimate they proved 

useful in ranking the prepregs so that those with Vf 

closest to 55% could be placed closest to the 
interlaminar region. 

The fibre and void volume fractions of the laminates 

are summarized in Table 3. The Vf of the laminates 

  ( 1 ) 
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were surprisingly close to the target value of 55% 

considering the novelty of the manufacturing 

procedure. The void fractions in the baseline 
laminate and the one containing 2vol% CNTs are 

encouragingly low and are evidence that the material 

was indeed sufficiently consolidated. The higher 
void content of the HC with the higher CNT loading 

suggests that the large amount of CNTs in the matrix 

drastically increased its viscosity, leading to less 

successful consolidation. Based on the calculated 
volume fractions it was also determined that the 

overall CNT volume fractions in the HCs were 2.0 

and 5.5%. The highest reported CNT loading in an 
HC was 12% by weight of matrix [18]; the HC with 

the highest CNT loading manufactured through the 

process presented here contains 50% more CNTs. 
 

4.3 NC mechanical properties 

The values for the Young’s moduli measured from 

the tensile tests are summarised in Figure 8. In all 
previous studies of nanocomposites with randomly 

dispersed CNTs the authors observed an 

improvement in Young’s modulus up to CNT 
loadings of a few volume percent, after which 

modulus values deteriorated due to nanotube 

agglomerations resulting from ineffective 

processing. [25] In this work, good nanotube 
dispersion and distribution were maintained through 

the processing to the consolidated nanocomposite 

due to the processing route developed and short 
nanotubes used, allowing Young’s modulus to 

increase monotonically with increasing CNT volume 

fraction (Figure 8). Nanotube percolation affects the 
nanocomposite Young’s modulus with the 

reinforcement efficiency (δE/δVf) visibly decreasing 

around 2vol%. Mechanistically, the efficiency 

reduction is expected due to a smaller fraction of 
nanotubes active in stress transfer. [26] Since it has 

been shown that adding only 1wt% of randomly 

dispersed MWCNTs can double the Young’s 
modulus of an epoxy resin [27], one would expect 

that adding 18.4wt% CNTs would enhance the 

stiffness tremendously; however, the improvement 
of only 82% observed in this work suggests that 

nanocomposites containing short, defective and 

percolating  CNTs will exhibit relatively low 

reinforcement efficiencies. 
Unlike the Young’s modulus, the nanocomposite 

strength does not increase monotonically (Figure 8). 

As apparent from Figure 9, the neat resin and 

nanocomposites with low CNT loading fractions 

exhibit plasticity, but as the CNTs formed a 
percolating network the material was embrittled, 

reducing the maximum strain and causing it to fail 

elastically. This phenomenon is reflected in the 
strength non-linearity around the electrical 

percolation threshold. In addition to CNT 

percolation, the microstructural heterogeneity can 

also adversely impact nanocomposite strength due to 
inefficient load transfer; material strength could be 

further increased by ensuring better homogeneity, 

particularly for high CNT loadings. 

4.4 HC mechanical properties 

Typical R-curves from the DCB test are shown in 

Figure 10. Both the control composite and HCs are 
well behaved in the Mode I test with the GIc values 

rising after initiation through a matrix rich pocket 

and remaining flat throughout crack propagation. 

The falling R-curve behaviour typical for cracks 
propagating interlaminarly through unidirectional 

composites was not observed because there was a 

small degree of fibre bridging. 
The initiation and propagation values for the 

baseline composite are high relative to those 

typically measured for carbon fibre-thermosetting 

resin laminates (100-200 J/m
2
 [28]). The large 

molecular weight of the resin that makes it solid at 

ambient temperatures and thus attractive for this 

processing route also gives it a high fracture 
touhgness. The addition of 2.0vol% CNTs enhances 

the initiation and propagation GIc values by 24% 

and 20%, respectively. For both the baseline 
composite and the HC the standard deviations are 

less than 10% of the toughness values averaged from 

at least five specimens, suggesting that the laminate 

panels did not contain macroscopic inhomogeneities. 
The average fracture toughness values of the HC 

containing 5.5vol% CNTs are nearly identical to 

those of the baseline composite, although the 
standard deviations were as high as 20% of the 

average values. The lower fracture toughness 

relative to the HCs containing 2.0vol% CNTs is 
attributed primarily to the higher void content 

(2.7±1.7), which does not provide any fracture 

resistance. 
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5. Conclusions and outlook 

A powder based processing route was developed, 

allowing manufacturing of epoxy nanocomposites 
with up to 18.4wt% randomly aligned, but well 

distributed and dispersed MWNTs. Furthermore, the 

nanocomposite powder and carbon fibre were 
employed as constituents in a wet powder 

impregnation process to produce hierarchical 

composite containing up to 5.5vol% CNTs. 

Characterisation of these materials has shown that 
they can be successfully consolidated and that the 

addition of nanoreinforcement enhances mechanical 

properties.  The processing is being further modified 
by reducing the powder particle size to reduce the 

extent of resin and nano-filler segregation and 

further enhance composite performance by accessing 
more of the nanotubes’ potential. 

 

 
Figure 1. Schematic of the wet powder impregnation 

drum winding line used to produce prepreg. 
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Figure 2. Dynamic DSC scans of NCs. 

 

Table 1. Onset and peak curing temperatures from 

dynamic DSC scans of NCs. 

wt% 
CNT 

Curing 
onset (°C) 

Exotherm 
max (°C) 

0 173 188 

1.2 168 187 

3.5 167 187 

8.3 162 188 

12.2 163 186 

18.4 156 186 
 

Table 2. Weight and volume fractions of CNTs in NCs. 
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Figure 3. Void fractions in NCs as determined from 
pycnometry and rule of mixtures calculation. 
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Figure 4. Low (left) and high (right) magnification SEM micrographs of nanocomposite showing dispersion and 

distribution of nanotubes.

 
Figure 5. SEM of individual CNT. 

 

Figure 6. Impregnated prepreg sheet after drying and hot 

pressing. 

 
Figure 7. Optical micrograph of prepreg manufactured 

with nanocomposite powder containing 11.5vol% CNTs. 

 

Table 3. Fibre and void volume fractions as measured by 

acid digestion of laminates with varying CNT loadings. 

CNT vol. 
fraction in 
matrix (%) 

CNT vol. 

fraction in 

composite (%) 
Vf (%) 

Void vol. 
fraction (%) 

0 0 55.±0.6 0.6±0.2 

4.9 2.0 58.8±0.7 0 

11.5 5.5 49.7±0.9 2.7±1.7 
 

11.5vol% 
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Figure 8. Young’s modulus and strength values from 

tensile tests of NCs. 
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Figure 9. Stress-strain response from tensile testing of 

nanocomposites. 
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1 Introduction

The netting anlysis is immediately discarded or
even not presented in the classical references on
the mechanics of composite materials, such as the
books by Tsai and Hahn [1], by Jones [2] and nu-
merous others. It is almost never referred in the
literature on composites. However, even before
the advent of the so-called advanced composites,
pressure vessels designed according to the netting
theory have been developed, manufactured and
used, and still are.

The purpose of this paper is to show that the net-
ting theory is in fact a limit case of the classi-
cal laminated structure theory, and so can explain
and predict the major trends of the behaviour of
composite structures.

2 Outline and discussion of the netting

theory

The netting analysis applies to membrane loading
of thin structures reinforced with �bres in several
directions. It assumes that the loads are entirely
carried by these �bres, with a repartition between
the directions determined by the free-body dia-
gram of the external loads. This is considered to
apply to both the sti�ness and the strength.

Comments found in the literature for the use-
fulness and the accuracy of the netting analysis
are contradictory: Peters and Humphrey [3] ad-
mitted it is "an excellent basis for quick sizing",
Humphreys and Rosen [4] considered it "can be
used as an approximation", while Jones [2] re-
jected it as "grossly" inaccurate. None of these
authors quotes the sources of the works demon-
strating their comments. Roylance [5] presented
an analysis of burst test data of cylindrical bot-
tles, in which agreement is poor between netting
analysis and gage measurements, however he as-

cribed the gap "primarily to gaging errors."

The assumptions above do not relate to the clas-
sical plate theory assumptions. Further the static
method of the free-body diagram to distribute the
loads applies for only two directions and is inde-
terminate when there are more directions of �bers.

3 Limit case of the laminated plate theory

The main point in the present approach is that the
classical laminated plate theory (CLPT [1], [2])
can be applied together with the stress-strain as-
sumption of the netting analysis. It can be shown
that this reproduces the netting analysis results,
solves some of its drawbacks, and provides a tool
for sensitivity analysis. Due to the simpli�cation
of the stress-strain relationship, close-form solu-
tions can be obtained for many con�gurations.
Notations used in the following formulas are ex-
plained in the Appendix A-1.

3.1 Some facts from the classical lami-

nated plate theory

Limiting here to the membrane behaviour, the
well-known generalized stress-strain relationship
of a laminated plate writes:

N = A ε

in which N is the membrane force tensor, A is
the membrane sti�ness tensor and ε is the mean
strain tensor.

By dividing by the total thickness h, this can be
transformed into:

σ = Q ε

in which σ = N/h is the mean stress tensor and
Q = A/h is the mean membrane sti�ness tensor.

Inverting the mean membrane sti�ness Q gives
the mean membrane compliance S, so that:

ε = Sσ
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According to the hypothesis of CLPT, the strains
in any ply are equal to the mean strains ε, while
the stresses vary from ply to ply and di�er from
the mean stresses σ. However, the local stresses in
any ply can be expressed from the mean stresses
σ, as derived below.

At this stage, it is important to view clearly the
e�ects of the axes in which computation is done,
so we use the notations explained in the Appendix
A-1. In the local axes, the stresses in the k ply
are expressed from the mean strains as:

[[ σ ]] kk = [[ Q ]] kk [[ ε ]] k

while, when using the values of the strains in the
laminate axes, they express as:

[[ σ ]] kk = [[ Q ]] kk [[R ]] k←0 [[ ε ]] 0

in which [[ R ]] k←0 is the rotation matrix from
overall to local axes.

The above formula expressing the mean strains
from the mean compliance and the mean stresses
writes in the laminate axes:

[[ ε ]] 0 =
[[
S
]]
0 [[ σ ]] 0

So the local stresses in the k ply can be expressed
from the mean applied stresses σ, as:

[[ σ ]] kk = [[Q ]] kk [[R ]] k←0

[[
S
]]
0 [[ σ ]] 0

3.2 The netting theory versus the classical

laminated plate theory

The netting theory assumption for the stress-
strain behaviour, as described in [4], results in the
following sti�ness matrix for a unidirectional ply,
measured in the axes de�ned by the �bre direc-
tion:

[[ Q ]] 0
0 = E

 1 0 0
0 0 0
0 0 0


where E is the Young's modulus.

This sti�ness matrix is singular, so the compliance
matrix is not de�ned for the ply. However this
sti�ness can be used in the CLPT, which com-
bines sti�nesses of the plies,conveniently rotated,
to obtain the total membrane sti�ness.

Which such ply sti�ness, the total membrane sti�-
ness is singular when there are only two directions

of �bres or plies. It is regular for three or more
distinct directions, whatever the numbers of plies
in each direction are.

When the membrane sti�ness Q is regular, it can
be inverted to give the mean membrane compli-
ance S.

When the total membrane sti�ness is singular,
the situation is more complex. Mathematically,
a compliance can still be de�ned, using the gener-
alized inverse concept (see [6], [7] and Appendix
A-2). Physically, it means that there exists some
combination(s) of loads which cannot be sup-
ported by the structure. This will be illustrated
hereafter.

For regular as well as singular sti�ness and com-
pliance matrices, the local stresses in the plies are
still expressed by the general formula above, how-
ever they get a special form. When developing
the formula, it is found that, whatever the load
and the Young's modulus are, this local stress is
uniaxial in the direction of the ply, i.e.:

[[ σ ]] kk =

 σkk
0
0


k

which is in conformity with the hypothesis of the
netting analysis.

It follows that this stress in the direction of the
�bers in the ply k at angle θk is expressed in ma-
trix form as:

σkk =
[[

1 0 0
]]

[[Q ]] kk [[R ]] k←0

[[
S
]]
0 [[ σ ]] 0

Performing matrix products, with a = cos θk and
b = sin θk, gives:

σkk = E
[[
a2 b2

√
2 ab

]] [[
S
]]
0

[[
σ
]]
0

4 Typical structures

Simple examples hereafter will illustrate the fact
that the netting theory is obtained as a limit case
of the classical laminated plate theory. They are
selected among classical stacking sequences, such
as cross-ply, angle-ply, [ 0i /+ 45j /− 45k /+ 90l ].

4.1 Cross-ply reinforcement

Let the �rst axis be in the direction of the �bres
of the ply with the highest proportion p (so that
1/2 ≤ p ≤ 1).
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The mean sti�ness is obtained from the CLPT
with stacking [0p/ 901−p]. In the axes (1, 2) ref-
ered to with subscript 0, it is:

[[
Q
]]
0 = E

 p 0 0
0 1− p 0
0 0 0


Mathematically, this sti�ness is singular with rank
equal 2. The kernel is proportional to:

[[ K ]] 0 = τ

 0
0√
2


which means that the structure cannot sustain
loads of such type, i.e. shearing load σ12 = τ .
This is obvious from a physical point of view.

The mean compliance is obtained as a generalized
inverse of the mean sti�ness:

[[
S
]]
0 =

1

E




1

p
0 0

0
1

1− p
0

0 0 0




It is also singular with rank equal 2 and its mean-
ing is restricted to strains and stresses with zero
shear, i.e. ε12 = 0 and σ12 = 0

While unable to support shear loading, the cross-
ply structure can accommodate any tensile load
in the directions of the �bres, σ11 and σ22, that is,
any biaxial load of the following form (orthogonal
to the kernel):

[[
σ
]]
0 =



σ11

σ22

0




Using the general formula above giving the local
stress in a sheet of �bres from the overall loading,
we have:

σ00 0 =
σ11
p

and σ9090 90 =
σ22

1− p

which means that each lamina supports all of the
load in its direction, with a magnifying factor
equal to the inverse of its proportion. This is
in agreement with the hypotheses of the netting
analysis.

4.2 Angle-ply reinforcement

Fibres are placed in two directions with the same
proportion. The �rst axis is selected so that the
two direction angles are ±ϕ, with 0 < ϕ < π/4
(the limit cases are excluded, as ϕ = 0 is in fact
a unidirectional reinforcement, while ϕ = π/4 is a
balanced cross-ply reinforcement studied above).

The mean sti�ness, obtained from the CLPT with
stacking [±ϕ], is in the overall axes:

[[
Q
]]
0 = E

 c4 s2c2 0

s2c2 s4 0

0 0 2s2c2


in which c = cosϕ and s = sinϕ.

Mathematically, this sti�ness is singular with rank
equal 2 and a kernel proportional to:

[[ K ]] 0 = t

 +s2

−c2
0


so the structure cannot support a load of this type.

The generalized inverse of the mean sti�ness is the
mean compliance, singular too with rank 2 and the
same kernel:

[[
S
]]
0 =

1

E




c4

(c4 + s4)2
s2c2

(c4 + s4)2
0

s2c2

(c4 + s4)2
s4

(c4 + s4)2
0

0 0
1

2s2c2




The structure supports any load of the following
form (orthogonal to the kernel):

[[
σ
]]
0 =




σ c2

σ s2

τ
√

2 sc




in which σ and τ are two arbitrary parameters.
Obviously, this does not de�ne the most general
loading: a completely arbitrary state of stress
(σ11, σ22, σ12) generally includes a part propor-
tional to the kernel, and so cannot be supported
by the structure

Limiting to the type of loads bearable by the
structure, the longitudinal stresses in the plies,
according to the general formula, are:

σϕϕϕ = σ + τ and σ−ϕ−ϕ−ϕ = σ − τ

ICCM19 1726



4.3 Three-ply reinforcement

Any stacking sequence with 3 distinct directions
of reinforcement has a regular sti�ness matrix. So
a three-ply reinforced structure can support any
load, the plies being loaded in the direction of
their �bers, at possibly di�erent levels.

A particular case is considered here, with 3 plies
at 45 degrees, or stacking sequence [ 0 /±45 ]. The
mean sti�ness, obtained from the CLPT, is in the
overall axes:

[[
Q
]]
0 =

E

6

 3 1 0
1 1 0
0 0 2


from which the compliance matrix in the same
axes is easily computed as the (usual) inverse:

[[
S
]]
0 =

3

E

 +1 −1 0
−1 +3 0

0 0 +1


With the general formula, one gets the unidirec-
tional stress in each ply:

- for the 0◦ ply, σ000 = 3 (σ11 − σ22 ),

- for the ±45◦ plies, σ±±± = 3 (σ22 ± σ12 ).

5 An example : the cylindrical pressure

vessel

A classical application of the netting theory is the
sizing of closed cylindrical pressure vessels.

When the thickness e of the vessel is small com-
pared to the radius R, it is well known from ele-
mentary equilibrium equations that, in such ves-
sels with internal pressure P , the mean hoop stress
equals two times the mean longitudinal stress :

σ11 = 2 σ22 = 2 Σ

with axis 1 along the hoop direction, axis 2 along
the axial direction, and 2 Σ = PR/e.

Then the netting theory rules that �bers must
be wound at some opposite angles ±θM from
the axial direction. This mysterious angle θM ,
which value is given with the surprising precision
of 54, 74◦, is in fact identical to the "magic an-
gle" encountered in several questions of theoreti-
cal physics and mathematics and de�ned from the
equation cos2 θM = 1/3.

Applying the results developed above in this pa-
per, we will show that this design is in some sense
optimal, but not robust, and that other optimal
designs can be obtained. Three designs (cross-ply,
angle-ply and angle-ply with extra hoop ply) are
considered and compared for the above loading,
which writes :

[[
σ
]]
0 = Σ

 2
1
0


In the following, we use the quite natural opti-
mality criterion which requires all the plies to be

loaded at the same level, each in its local axes.

5.1 Cross-ply design

The loading has the form required to be supported
by the structure. The optimal design is obtained
by selecting the proportion p in order to satisfy
the optimality criterion:

σ00 0 = σ9090 90

that is:

2 Σ

p
=

2 Σ

1− p
or p =

2

3

The optimal cross-ply solution has two �bers in
the hoop direction for one in the axial direction,
with the stacking sequence [ 02n /90n ].

As expected, all the plies have the same unidirec-
tional stress:

σ00 0 = σ9090 90 = 3 Σ

The mean sti�ness is:

[[
Q
]]
0 =

E

3

 2 0 0
0 1 0
0 0 0


5.2 Angle-ply design

In the optimal angle-ply con�guration [±ϕM ],
the parameters are de�ned by the equation:


σ c2

σ s2

τ
√

2 sc


 = Σ

 2
1
0


which gives σ = 3Σ, τ = 0, and cos2 ϕ = 2/3.

So the optimal angle of the �bers with the hoop di-
rection is the complementary angle of the "magic
angle":

ϕM = 90◦ − θM
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which is exactly the classical solution of the net-
ting analysis, as presented above. The netting
analysis is in fact an optimal design analysis.

Coming now to the common value of the longitu-
dinal stress in the plies, one �nds:

σ+++ = σ−−− = 3 Σ

which is exactly the same value as in the optimal
cross-ply case, while the mean sti�ness is:

[[
Q
]]
0 =

E

9

 4 2 0
2 1 0
0 0 4


5.3 Three-direction design

Limiting to the simple sequence [ 0 /±45 ] studied
above, it is found that it satis�es exactly the opti-
mality criterion, as the three plies have the same
longitudinal stress under the pressure loading:

σ00 0 = σ±±± = 3 Σ

which is again the same as in the two previous
optimal designs. The mean sti�ness equals :

[[
Q
]]
0 =

E

6

 3 1 0
1 1 0
0 0 2


More generally, tridirectional reinforcements de-
pend on �ve design parameters (3 angles and 3
proportions totaling 100%) and can be adjusted
to the optimality criterion. Specially convenient
is the family combining cross-ply plus hoop ply,
with sequences [ 01−2p / ± ωp ], which has two in-
dependant parameters, p and ω, and so can satisfy
the equal stress criterion plus an extra condition.

5.4 Comparison of the three optimal de-

signs

The optimal designs derived above for these three
con�gurations are equivalent in e�ciency: the
same total thickness is required to support the
same pressure.

However, a general question arising in optimiza-
tion is the stability of solutions and their sensitiv-
ity to perturbations. With respect to this issue,
the three designs are far from equivalent. The
fact that these optimal con�gurations have di�er-
ent sti�ness matrices shows that they genarally

behave di�erently although they behave the same
for the special design loading de�ned by Σ.

Having singular sti�ness matrices, the two-
direction structures behave optimally as predicted
only for perfect conditions: perfect alignment and
proportion of �bers, perfect direction of load-
ing. It can be shown that even perfect structures
cannot accommodate arbitrary load �uctuations.
Conversely, arbitrary �uctuations in the stacking
can induce instability even for perfectly aligned
loading.

On contrary, three-direction structures are not so
sensitive to load variations and also their mechan-
ical properties are not so sensitive to stacking �uc-
tuations.

6 Comments

The present work shows that the netting theory
is reproduced when applying the laminated struc-
ture theory in the limit case of a very simpli�ed
stress-strain relationship. More, while the imple-
mentation of the netting analysis is cumbersome
for more than two directions, the limit case of
CLPT provides a systematic method in any case.

Conversely, what could be the contribution of net-
ting theory (or limit case of CLPT) to composite
structures ? Due to its simpli�cation, the limit
case of CLPT allows the derivation of close-form
solutions (as above for the optimisation of pres-
sure vessel). They are exact only under the as-
sumptions of the netting theory, however they cer-
tainly can be approximations of the real situation
for composites and can give trends for ply stress
evaluation and for optimisation of design. Spe-
cially, the singular total sti�nesses which result
in some cases might be very signi�cant: lami-
nates with only two-direction reinforcement could
be very sensitive to some combinations of loads
and these critical states can be found, or at least
estimated, using the limit case.

In conclusion, the netting theory and the lami-
nated structure theory should not be opposed, as
they may o�er mutual contributions.
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APPENDIX

Appendix A-1: Notations

All physical quantities have a tensorial charac-
ter, however for convenience reasons, their com-
ponents are generally stored in matrix forms, ac-
cording to conventional rules. The matrix forms
presently used are detailed hereafter.

Further, for laminated structures, it is well known
that several systems of axes are used: typically
the axes of the laminate (overall axes in which
the external loads and boundary conditions are
applied), and the local axes of each ply (in which
local stresses and failure criteria are easily com-
puted). It is necessary to refer clearly to these
sytems of axes as well as the ply which is con-
cerned.

Refering to axes: In the present work, a
subscript is used to refer to the axes in which the
components are expressed. Subscript 0 refers to
the overall axes.

A superscript is used to refer to the ply.

For instance, [[ σ ]] ϕ0 is the stress matrix in the lam-
inate axes of a ply oriented in direction ϕ, while
[[ σ ]] ϕϕ is the stress matrix of the same ply in its
local axes. Similarly, [[ Q ]] ϕ0 is the sti�ness ma-
trix in the laminate axes of this ply of direction
ϕ, while [[ Q ]] ϕϕ is the sti�ness matrix of the same
ply in its local axes.

For rotation matrices, two subscripts are used to
refer to the old and new systems of axes. An ar-

row between the two subscripts makes clear their
meanings, old or new.

Matrix notations: The classical Voigt no-
tations di�er from strains and compliances on
one side, and stresses and sti�nesses on the other
side. Here we use a variant, in which the tenso-
rial components of strains and stresses, as well as
the components of compliances and sti�nesses are
treated similarly, as illustrated hereafter. Double
brackets are used for present notations to distin-
guish from Voigt notations.

Voigt notations:

{σ } =


σ11
σ22
σ12

 and { ε } =


ε11
ε22

2 ε12


{Q } =


Q1111 Q1122 Q1112

Q1122 Q2222 Q1222

Q1112 Q1222 Q1212


{S } =


S1111 S1122 2S1112
S1122 S2222 2S1222

2S1112 2S1222 4S1212


Present notations:

[[ σ ]] =

 σ11
σ22√
2σ12

 and [[ ε ]] =

 ε11
ε22√
2 ε12



[[ Q ]] =

 Q1111 Q1122

√
2Q1112

Q1122 Q2222

√
2Q1222√

2Q1112

√
2Q1222 2Q1212
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[[ S ]] =

 S1111 S1122
√

2S1112
S1122 S2222

√
2S1222√

2S1112
√

2S1222 2S1212


Both notations are consistent with the classical
form for stress-strain relationships:

{σ } = {Q } { ε } and { ε } = {S } {σ }

[[ σ ]] = [[ Q ]] [[ ε ]] and [[ ε ]] = [[ S ]] [[ σ ]]

Change of axes: Di�erences between
Voigt and present notations appear when rota-
tions are applied for changing axes. We specially
consider here a rotation by an angle ϕ from overall
axes (with subscript 0) to local axes (with sub-
script ϕ). Let us have c = cosϕ, S = sinϕ,
C = cos 2ϕ and S = sin 2ϕ.

With the present notation, the rotation matrices
are orthogonal matrices, the same for all the quan-
tities:

[[R ]] ϕ←0 =





1 + C

2

1− C
2

+
S√
2

1− C
2

1 + C

2
− S√

2

− S√
2

+
S√
2

C




or also:

[[R ]] ϕ← 0 =


 c2 s2 +

√
2 sc

s2 c2 −
√

2 sc

−
√

2 sc +
√

2 sc c2 − s2




As orthogonal matrices, they satisfy

[[R ]] −1ϕ← 0 = [[R ]] Tϕ← 0

and they act as:

[[σ ]] ϕ = [[R ]] ϕ← 0 [[σ ]] 0 [[ ε ]] ϕ = [[R ]] ϕ← 0 [[ ε ]] 0

[[Q ]] ϕ = [[R ]] ϕ← 0 [[Q ]] 0 [[R ]] 0←ϕ

[[S ]] ϕ = [[R ]] ϕ← 0 [[S ]] 0 [[R ]] 0←ϕ

With Voigt notations, the rotation matrices are
di�erent for stress vectors and strain vectors.
Their values are presented in every textbook on
composite materials ([1], [2]).

For stress:

σ

{R }ϕ← 0 =


c2 s2 +2 sc

s2 c2 −2 sc

− sc + sc c2 − s2


and for strain:

ε

{R }ϕ← 0 =


c2 s2 + sc

s2 c2 − sc
−2 sc +2 sc c2 − s2


These matrices are unimodular but not orthogo-
nal. They act as follows:

{σ}ϕ =
σ

{R }ϕ← 0 {σ}0 {ε}ϕ =
ε

{R }ϕ← 0 {ε}0

{Q }ϕ =
σ

{R }ϕ← 0 {Q }0
ε

{R }0←ϕ

{S }ϕ =
ε

{R }ϕ← 0 {S }0
σ

{R }0←ϕ

Appendix A-2: Singular sti�ness and com-

pliance matrices

When the sti�ness matrix is singular, as it is al-
ways the case with two-direction reinforcement in
the netting theory, it is still possible to de�ne a
compliance matrix using the mathematical con-
cepts of generalized inverses.

Several generalizations of the inversion for singu-
lar matrices have been introduced by mathemati-
cians, under the names of generalized inverse or
pseudoinverse. They are now commonly presented
in textbooks [6]. The Moore-Penrose pseudoin-
verse could be specially useful in structural me-
chanics. Presentation is here limited to a square
symmetric singular matrice Q with normalized
kernel (or null space vectors) Kn (so KT

nKn = I).

Then the Moore-Penrose pseudoinverse of Q is a
square symmetric singular matrice S with same
kernel, which satis�es the following equations:

QSQ = Q

SQS = S

QS = SQ = I−KnK
T
n

While the concept of generalized inverse is well
established, its actual construction is generally
not easy and refers to sophisticated mathemati-
cal methods like the singular value decomposition,
which limits the practical applications.
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However, for mechanical applications, the author
has developed [7] a three-step method to compute
the pseudoinverse of a singular symmetric matrix
Q in the case its kernel Kn is known.

The �rst step introduces a regularization of the
singular matrix Q :

Q∗ = Q + αKnK
T
n

in which α is a non-zero, otherwise arbitrary pa-
rameter.

In the second step, as this matrix Q∗ is regular,
it can be inverted (in the classical sense), which
gives:

S∗ = (Q∗)−1

In the third step, it occurs that this regular matrix
S∗ is the regularization with parameter α−1 of the
pseudo inverse S of the initial singular matrix S :

S∗ = S + α−1KnK
T
n

from which the pseudoinverse S is obtained.

These three steps can be condensed in a unique
formula :

S =
(
Q + αKnK

T
n

)−1 − α−1R0R
T
0

however the three-step process is easier to use for
practical purpose.

Now, if we have some linear relationship between
two sets of variables σ and ε:

σ = Q ε

it results from the properties of the pseudoinverse
that we have also the inverse relationship:

ε = Sσ

it for any set of variables σ and ε orthogonal to

the kernel. No meaning can be obtained for other
variables σ and ε.

This reveals the meaning of the pseudoinverse,
which appears to be the singular compliance ma-

trix associated to the singular sti�ness matrix and
restricted to variables compatible with the struc-
tural behaviour.

An example of computation of the gen-

eralized compliance: For the [±ϕ ] stacking
sequence, the mean sti�ness is:

Q = E

 c4 s2c2 0

s2c2 s4 0

0 0 2s2c2


in which c = cosϕ and s = sinϕ.

For 0 < ϕ < π/4, its rank equals 2 and its nor-
malized kernel is:

Kn =
1√

c4 + s4

 +s2

−c2
0


from which:

KnK
T
n =

1

c4 + s4

 s4 −s2c2 0

−s2c2 c4 0
0 0 0


It is very convenient to select α as follows:

α = E(c4 + s4)

for it makes diagonal the regularized sti�ness
Q
∗

= Q + αKnK
T
n :

Q
∗

= E

 c4 + s4 0 0

0 c4 + s4 0

0 0 2 s2c2


easily inverted into the regularized compliance:

S
∗

=
1

E


1

c4 + s4
0 0

0
1

c4 + s4
0

0 0
1

2 s2c2


As the compliance is S = S

∗ − α−1KnK
T
n , it

follows :

S =
1

E


c4

(c4 + s4)2
s2c2

(c4 + s4)2
0

s2c2

(c4 + s4)2
s4

(c4 + s4)2
0

0 0
1

2s2c2


Like the mean sti�ness, this mean compliance is
singular, with rank 2 and normalized kernel Kn.
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS

1 Introduction 
Composite  materials  developed  since  1970's  [1]
present  interesting  mechanical  properties.  Their
development in the last decade is the results of the
introduction  of  micro/nano  particles  in  a  metallic
matrix.  The  metal  provides  the  toughness  and the
particles  are  adding  elastic  stiffness,  strength,
hardness and wear resistance. High specific stiffness
and  high  specific  strength  are  interesting
characteristics of Metal Matrix Composites (MMC).
These  features  make  it  possible  to  substantially
lower  the  weight  and  retain  high  properties.  The
particles must be carefully chosen for each kind of
matrix  and  are  conditioned  by  a  thermodynamic
equilibrium  between  the  matrix  and  the
reinforcement [2]. In order to optimize the properties
of  MMC by thermal  treatments,  it  is  necessary to
analyze  the  interactions  between  the  particles  and
the matrix and their role on the final microstructure
[3].  The  evolutions  of  the  matrix  and  of  the
reinforcement  were  thus  analyzed  during  thermal
treatment using in situ high energy X-ray diffraction
(HEXRD). 
In the present contribution, we analyze and compare
the  structural  evolution  of  two  metal  matrix
composites  with  two  kinds  of  matrix:  steel  and
titanium alloys both reinforced with TiC particles.

2 Experimental set-up

2.1 High energy X-ray diffraction

The  X-ray  diffraction  (XRD)  experiments  were
performed  at  the  European  Synchrotron  Radiation
Facility  (ESRF,  Grenoble,  France),  on  the  ID15B
beam line. The in situ measurements were conducted
using  high  energy  X-ray  synchrotron  radiation
diffraction with a monochromatic beam of 87 keV.

The high energy beam allowed to analyze  a  large
volume  of  the  sample,  to  be representative of  the
bulk behavior and to lessen the surface effect [4 , 5].
High  energy  X-ray  diffraction  is  largely  used  to
determine the mechanical behavior of heavy samples
[6].  The  combination  between  the  high  flux  from
synchrotron  source,  a  large  area  detector  and  the
high  energy  allows  to  make  in  situ  analysis  of
phenomena with a time scale of one second or less.
The large flux of the source permits to record in a
small  time  a  high-quality  diffraction  signal.  The
large  area  detector  allows  to  record  the  whole
Debye-Scherer  diffraction  rings.  The  use  of  the
whole rings permits to lessen the effect of texture in
the  materials  in  the  case  of  quantitative  phase
analysis [7, 5] or to analyze the texture effect [8] and
extract  the  strain and stress  evolutions  in  a  single
image [9, 10 , 11]. 
For our experiments, the samples had a thickness of
3  mm  in  the  beam direction.  The  beam size  was
fixed to 0.4x0.4mm2. Each sample was heated using
a radiant furnace allowing to heat up to 1000ºC. A
thermocouple  was  spot-welded  on  the  sample
surface leading to the measurement of temperature
and allowing the control of the heating conditions.
XRD patterns were recorded by a flat CCD detector
(pixium  4700),  with  one  image  every  3.5s  (1s
exposure  +  2.5s  readout  time).  Data  have  been
corrected  and  reduced  to  (2q,  intensity)  patterns
using  fit2d  software  [12]  suitable  for  Rietveld
analysis [13, 14]. Using the phase selectivity of the
X-ray diffraction we are able to extract parameters
for each phase present in the composite and due to
the beam quality of  the synchrotron source,  phase
with low fraction can be detected. The fraction limit
for this technique is around 0.5%.
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2.2 Samples

Mecachrome  has  elaborated  the  composites.
Ti64-TiC  composite  contains  10vol%  of  TiC  and
steel-TiC contains 15mass% ot TiC.

Matrix  compositions  of  the  composites  are
reported in table 1 for Ti64-TiC composite and table
2 for steel-Tic composite. 

Ti Al V C Fe O N H

Bal. 6.09 4 0.02 0.17 0.16 0.01 0.003

Tab.1: Composition of the matrix of Ti64-TiC
composite (in mass%).

Fe C Cr Mo Mn Si Ni V N
ppm

Bal. 0.31 3.83 0.72 0.43 0.59 0.07 0.12 152

Tab.2: Composition of the matrix of the steel-TiC
composite (in mass%).

At first, a mechanical milling of TiC particles and
matrix  powders  was  performed  at  relatively  low
energy  in  order  to  reduce  the  size  of  both
components.  The  consolidation  of  the  composite
powders  was  further  realized  by  hot  isostatic
pressing (HIP) under a stress of 100 MPa at 920°C
for Ti64 matrix and 1120°C for steel matrix during 4
hours. 

The  micrographs  obtained  at  room temperature
after HIP, are given Fig. 1 and Fig. 2. 

The  micrographs  obtained  for  Ti64-TiC
composite (Fig 1) are given at two magnifications.
At  the  micrometer  scale,  the  distribution  of  the
phases/components  presents  some  heterogeneity
with  dark/grey and light areas. The dark/grey areas
are related to the presence of TiC particles, while the
light  areas  correspond to a  lower  concentration or
the  absence  of  reinforcement.  From  SEM  image
obtained  at  higher  magnification  (bottom)  we
distinguish the reinforcement in black and the two
phases present in the matrix (alpha in grey and beta
in white).

The  steel/TiC  composite  presents  also  a  non-
homogeneous  distribution  of  all  components  with
the black components  being the TiC particles,  the
grey area  being a mixture of TiC particles and steel
and  the  lighter  area  some  steel  powders  without
reinforcement [3].

Fig.1. Micrographs of the titanium matrix composite
obtained by OM (top), and by SEM (BSE) (bottom).

Fig. 2. microstructure of the steel matrix composite.

3 Results

3.1 Titanium matrix composite

3.1.1 Kinetics of phase transformation

An  example  of  the  evolution  of  phase  fraction  is
given  for  Ti-64  matrix  composite  (Fig.  3).  In  the
initial state (after HIP), a mixture of three phases is
characterized, consisting of 83% of α phase, 5.5% of
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b and 11.5% of TiC. Phase transformations start at
600°C. Between 600°C and 720°C, the kinetics of
phase transformation α to β is very slow. In this gap
of  temperature,  the  amount  of  TiC  increases,
reaching  a  maximum  of  12.5%  at  720°C.  This
increase  of  1% is  significant  for  the  experimental
technique used. 
Between 720°C and 920°C (dwell temperature), the
α  β transformations kinetics is accelerated. At the
end of the heating, the three phases are still present
with 56 % α phase, 32 % β phase and 12 % TiC.
During the well,  we can observe some oscillations
that are due to the non-perfect temperature control.
The  amount  of  α  phase  is  slightly  decreasing  to
reach  a  value  51%  at  the  end  of  dwell.  These
amounts  are different  from the ones expected in a
Ti64 alloy.  Indeed, in a Ti64 alloy,  the amount of
phases present at 920°C would be 46vol% of a and
54vol%  of  b [15].  These  values  are  significantly
different from the ones measured. Therefore the α 
β transformation domain in the Ti64/TiC composite
is clearly shifted toward higher temperatures. 

Fig.3. mass fraction evolution during heat thermal
for Ti-64/TiC composite.

During the cooling stage, the amount of a increases
very quickly until 680°C and more slowly between
680°C and 550°C. At temperatures lower than 550 °
C, the volume fraction of each phase remain nearly
constant  whereas  TiC  amount  slightly  decreases
throughout  the  cooling.  At  the  end  of  the  heat
treatment, the phase ratio are nearly similar to those
present in the initial state. However, the rate of TiC
phase increased by about 1% vol.  From Ti-C phase
diagram and for a given composition, small changes
in TiC amount  can be expected when temperature

varies [16]. Indeed, TiC as well as a and b are non
stoechiometric.  Moreover,  TiC can  be  enriched in
oxygen [17]

3.1.2 Cell parameters evolution

Rietveld  method  allowed  to  determine  the  cell
parameters for each phase and their evolution during
the  thermal  treatment.  The  relative  cell  parameter
variations (see equation 1).
((a i

−a0
i
)/a0

i
) (1) 

where ai is the cell parameter of phase i for the given
image number and ai

0 the cell parameter of phase i in
the initial state (time 0) for Ti-64/TiC composite are
also  presented  Fig.  4.  For  TiC,  the  relative  cell
parameter evolution is nearly linear during heating
as  well  as  during  cooling.  On  the  contrary  large
changes in the slope are observed for the relative cell
parameters of the matrix. 

Fig.4. Cell parameters relative evolution during heat
thermal for Ti-64/TiC composite.

The relative cell parameters of the each phase of the
matrix vary linearly between 20°C and 600°C. For
the  α  phase  and  temperatures  higher  than  630°C,

ICCM19 1734



both relative cell parameters (a and c) increase, but
non-linearly. For daa/aa0 the slope increases slightly
until  920°C,  while  dca/ca0 present  higher  slope
variations at temperatures > 505°C. During cooling,
daa/aa0 and  dca/ca0 are  similar  to  those  observed
during  heating.  For  the  β  phase,  dab/ab0 increases
linearly up to  550 °C. Between 550°C and 920°C
dab/ab0 increases abruptly reaching a value more than
twice the value obtained between 20°C-500°C. This
strong variation is mainly associated with the partial
ab phase  transformation  and  the  associated
change  in  chemical  composition  of  b [18].  On
cooling the behavior is symmetrical (strong decrease
of dab/ab0 namely during the increase of a amounts.
These behaviors for a and b phases are similar to the
ones obtained for titanium alloys [18, 19]. 
The thermal expansion coefficient of each phase was
estimated in the linear part of the evolution. Results
are reported in table 3.

Phase  (10-6K-1) Temperature
range (°C)

heating

Ti64-  / a 10.8 30-630

Ti64-  / c 11.3 30-505

Ti64-  10.9 30-550

TiC 8.9 30-680

cooling

Ti64-  / a 10.7 40-660

Ti64-  / c 10.5 40-500

Ti64-  11.3 40-450

TiC 8.2 40-895
Tab.3. experimental coefficient of thermal expansion
for Ti-64/TiC composite during heating and cooling.

3.2 Steel matrix composite 

For the steel-TiC composite we mainly focus on the
phase transformations occurring during cooling. 
At the end of the heating and dwell at 1000°C, the
steel-TiC  composite  is  composed  of  two  phases:

austenite (81.6%) and TiC (18.4%). The behavior of
the  phases  is  analyzed  for  two cooling  conditions
from  1000°C  to  room  temperature;  Condition  A,
slow cooling at  0.5°C/s  leading to the formation of
ferrite and pearlite in the metallic matrix, Condition
B, cooling at 5°C/s, leading mainly to the formation
of martensite in the metallic matrix.

3.2.1 Kinetics of phase transformation

The mass fraction evolutions of each phase versus
temperature are given figures 5 and 6 for cooling at
0.5°C/s  (condition  A)  and  5°C/s  (condition  B)
respectively.

Fig.5. mass fraction evolution during cooling
(1000ºC to 20ºC at 0.5ºC/s) for steel/TiC composite.

Fig.6. mass fraction evolution during cooling
(1000ºC to 20ºC at 5ºC/s) for steel/TiC composite.

For both cooling conditions,  only austenite (g) and
TiC  are  present at  the  beginning  of  cooling.  For
condition  A,  a  very  slight  increase  in  the  mass
fraction  of  TiC  is  observed  until  780°C  while  g
amount decreases. Ferrite (a) appears at 780ºC and
the formation of pearlite (a + Fe3C) occurs between
690ºC and 670°C. In that last temperature range, the
TiC amount  slightly increases.  The change in TiC
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amounts is due to differences in carbon solubility in
austenite  and  ferrite  and  non-stoichiometry  of  the
TiC phase. For that cooling rate, the transformation
of  the  matrix  leads  to  a  mixture  of  ferrite  and
pearlite.  At  temperatures  lower  than  670°C,  the
amount  of  all  phases  remains  constant  until  room
temperature.

For condition B, ferrite (a) appears also at 780ºC.
The amount of this BCC structure increases slightly
until 200°C (5 mass % at 200°C). At temperatures
lower  than  200°C,  the  martensite  (tetragonal
structure) is formed. The TiC amount reminds stable
during cooling. As martensite and ferrite have nearly
the same crystallographic structure, it is not possible
to  distinguish  the  ferrite  from  martensite  at  low
temperature. We have assumed that ferrite remains
constant when the martensite transformation begins.
For  condition  B,  the  transformation  of  the  matrix
leads  to  a  mixture  of  austenite,  ferrite  and
martensite. 

3.2.2 Cell parameters evolution

The  cell  parameters  evolutions  during  cooling  for
the steel/TiC composite are given Fig. 7, Fig. 8 and
Fig. 9. 

Fig.7. Cell parameters evolution during cooling
(1000ºC to 20ºC at 0.5ºC/s) for steel/TiC composite.

For  condition  A,  (Fig.  7),  the  cell  parameters
evolution  is  linear  between  1000°C  and  700°C,
when no phase transformation occurs or at the very
early stages of the matrix transformation. During the
pearlite  formation  (690°C-670°C),  the  austenite

parameter  decreases  while  the  ferrite  parameter
increases.  The TiC cell  parameter presents also an
increase  during  this  step  of  the  matrix  phase
transformation.  During  the  further  cooling,  we
clearly  evidence  a  non-linearity  of  the  cells
parameters of ferrite and TiC at temperatures lower
than 300°C. 

The  CTE  of  the  present  phase  was  estimated  in
different temperature ranges. Results are reported in
table 4.

Phase  (10-6K-1) Temperature
range (°C)

austenite 22.1 750-900

ferrite 14.7 300-600

ferrite 12.2 100-300

TiC 10.7 720-900

TiC 10.4 300-600

TiC 9.1 100-300
Tab.  4:  experimental  coefficient  of  thermal
expansion  for  steel-TiC  composite  during  cooling
(1000ºC to 20ºC at 0.5ºC/s).

These  values  clearly  highlight  the  changes  in  the
apparent  CTE.  Indeed,  the  CTE  value  of  TiC  is
larger  than  the  one  measured  in  the  Ti64-TiC
composite (8.6.10-6K-1), and generally reported in the
literature  [20].  It  decreases  significantly  as
temperature  decreases.  For  condition  B,  from  the
beginning  of  cooling  and  until  the  martensite
formation,  the  cell  parameters  of  each  phase
decrease  continuously  with  slight  changes  in  the
slope. 

During the martensite formation, as austenite content
reaches  28%,  its  cell  parameter  decreases  and
deviates significantly from linearity; meanwhile the
TiC  cell  parameter  increases  also  deviates  from
linearity and even increases. This is also highlighted
in Fig.  9 giving in addition the cell  parameters of
martensite, for the temperature range 20°C- 300°C.
The  TiC  cell  parameter  seems  to  be  stagnant
between  200°C  and  150°C,  and  further  increases
until 50°C.
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For the cell parameters of martensite, an increase of
a and c is observed between 180°C and 170°C. As
temperature  is  further  decreased  and  martensite
amount  increases,  a  parameter  decreases  while  c
parameter increases. 

Fig.8. Cell parameters evolution during cooling
(1000ºC to 20ºC at 5ºC/s) for steel/TiC composite.

Fig.9. Cell parameters evolution during cooling
(1000ºC to 20ºC at 5ºC/s) for steel/TiC composite in

the low temperature range

Phase  (10-6K-1) Temperature
range (°C)

austenite 20.4 300-500

ferrite 15.1 300-500

TiC 10.9 300-500
Tab.5. experimental coefficient of thermal expansion
for steel-TiC composite during cooling (1000ºC to
20ºC at 5ºC/s).

For the martensite, both parameters goes to tension
at the beginning of the transformation, its means an
increases of the cell volume. In the same time TiC
parameters seems to be stagnant. With cooling down
and  transformation  advancement,  c  parameters
increases  and  a  decreases.  In  the  same  time,  TiC
parameters goes in tension. The thermal expansion
coefficient of the present phase was estimated in the
linear part  of the evolution,  results are reported in
table 5.

4 full width at half maximum
In addition to the mean cell parameter variation we 
have also characterized the mean full width at half 
maximum (fwhm) evolution for each phase during 
the heat treatments. Such parameter can also give 
important information. From Rietveld refinement, 
we can extract parameters u, v and w that can be 
further used to calculate the fwhm using the Caglioti
formula:

fwhm = U tan2q + V tanq + W [21]

We have calculated the fwhm during each cooling
for our composites and we have reported the results
on  Fig.  10,  11,  12  respectively  for  Ti-64/TiC
composite,  steel/TiC  composite  with  condition  A,
and steel/TiC composite with condition B.

4.1 fwhm of titanium matrix composite

Fwhm evolution during  cooling  for  all  phases  are
presented in figure 10.

Fig.10. FWHM evolution during cooling (920ºC to
20ºC at 15ºC/min) for Ti-64/TiC composite.
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For TiC and a phase, the fwhm values are low at the
beginning of cooling (0.030° for  a and 0.038° for
TiC). These values are decreasing during the whole
cooling,  more  quickly  between  920°C  and  600°C
while a amount increases. For b phase, the fwhm is
of the same order of magnitude as the other phases
at the beginning of cooling (0.035°). However, the
value increases very significantly during cooling; a
first  increase  (up  to  0.06°)  is  observed  between
920°C and 600°C, while a amount increases, and a
second  strong  increase  (up  to  0.11°)  is  observed
between 600°C and 420°C. For temperatures lower
than 400°C, the fwhm for b is slightly decreasing. 

4.2 fwhm of steel matrix composite

The  fwhm  evolution  during  cooling  are  plotted
versus  temperature  in  Fig.  11  and  Fig.  12,  for
condition A and condition B respectively. 

Fig.11. FWHM evolution during cooling (1000ºC to
20ºC at 0.5ºC/s) for steel/TiC composite.

At  the  beginning of  cooling,  the  fwhm values  are
low both  for  austenite  (0.020°)  and  TiC (0.030°).
For  condition  A,  a  slight  decrease  of  fwhm  is
observed between 1000°C and 850°C followed by
an increase of  fwhm until  the beginning of  ferrite
formation.  During  the  ferrite/pearlite  formation
fwhm of TiC and g is decreasing, even quite abruptly
for  g.  As  a phase is  formed,  the associated fwhm
values  are  quite  high  at  the  early  stages  of  the
transformation  (0.09°  to  0.10°)  and  they  decrease
reaching  a  value  lower  than  0.02°  at  650°C.  This
value  remains  constant  until  room  temperature.
Meanwhile, fwhm of Fe3C remains constant and the

one of TiC continuously increases. , for TiC we can
note an increase of the fwhm meaning some stress
grandient in TiC particles. Fwhm data between 690
and  670ºC  are  difficult  to  interpret  due  the
difficulties to fit the XRD diagrams during Rietveld
analysis due to the small amount of phase present,
the complexity of the cementite phase that conduct
to low intensity peaks.

Fig.12. FWHM evolution during cooling (1000ºC to
20ºC at 5ºC/s) for steel/TiC composite.

Fig.13. FWHM evolution during cooling (1000ºC to
20ºC at 5ºC/s) for steel/TiC composite as a function

of martensite mass fraction (200 to 20ºC).

For  condition  B,  TiC  and  austenite  fwhm have  a
similar behavior as for condition A between 1000°C
and  780ºC.  At  this  temperature,  where  ferrite
appears, we can notice a very small decrease of the
fwhm of TiC and austenite and then the both phases’

ICCM19 1738



fwhm increases until the formation of martensite. In
the same time, we notice high values of the fwhm of
ferrite that are decreasing (from 0.14° to 0.10°). At
temperatures lower than 200ºC, when martensite is
forming, fwhm of TiC is still increasing up to values
of 0.044°. The fwhm value of austenite is increasing
up  to  0.06°  while  for  martensite,  fwhm  is  firstly
decreasing and further increases when temperature is
below 130ºC. The final value of fwhm of martensite
remains high (0.09).

5 Discussion

Thanks to the high energy X-ray diffraction we were
able to characterize the evolution of the phases in the
different CMM as well as their mean cell parameter
and  fwhm.  As  heat  treatments  were  performed  in
temperature ranges where phase transformations (at
least  in  the  matrix)  occur,  we  were  able  to
characterize the effect  of  the reinforcement  on the
phase transformation kinetics in the matrix. 

Indeed,  for  Ti-64/TiC  composite,  we  obtain  after
dwell at 920°C a mixture of TiC, a and b phases. a
and  b amounts in the matrix are far from the ones
expected in a Ti-64 alloy at the same temperature.
This means that the ab transformation domain is
shifted  to  higher  temperatures.  This  shift  can  be
associated with changes in the matrix composition.
If  some  modification  in  carbon  and  titanium
amounts can be expected, the effect of carbon on the
equilibrium  a phase  amount  and  equilibrium
temperature  is  low.  For  Ti-C  phase  diagram,  the
temperature  at  which  no  more  a is  present  is
increased  by  40°C [16].  We  performed  additional
experiments and determined the limit temperature of
the two phases domain (b+TiC). The value obtained
is near 1200°C. Different authors also reported such
result.  They  attributed  the  increase  in  the  limit
temperature  to  an  increase  in  the  oxygen  amount
introduced during the milling process.  This  higher
oxygen  amount  will  strongly  increase  the  beta
transus temperature  of  the  titanium matrix,  and in
consequence  increase  the  a amount  at  a  given
temperature. 

In  the  case  of  the  steel/TiC  composite,  we  have
shown that the presence of reinforcement favors the
transformation  at  the  higher  temperatures  as
compared to a steel specimen without TiC [3]. We

mainly focus on the cell parameter evolution.

The cell parameter evolution that were characterized
during the heat treatments may be due to 3 factors:
variation  of  temperature,  variation  of  chemical
composition  of  the  phase,  variation  in  the  mean
elastic strain in the phase. Analyzing simultaneously
the fwhm variations, those ones are associated with
heterogeneities  in  temperature,  in  chemical
composition and in elastic strains.  

For Ti64-TiC composite, the applied heat treatment
leads  to  a  diffusive  phase  transformation  of  the
matrix.  In  addition,  some  chemical  reaction  may
occur between the matrix and the reinforcement. 

For  steel/TiC  composite,  some  changes  in  the
composition  of  the  phases  (austenite  for  example)
may occur at the lower cooling rate (condition A), as
well as some chemical reaction between the matrix
and  the  reinforcement.  However  for  the  higher
cooling rate, for which a martensitic transformation
is mainly occurring, the chemical reaction between
TiC particles and the matrix should be low and the
martensite  formation  is  considered  as  a
transformation without diffusion.  

We have reported in Table 3 the CTE of the differ-
ent  phases.  For the Ti64-TiC, the CTE values ob-
tained for a and b phases are near the ones reported
in the literature [22]. For TiC the values obtained are
larger than the ones given in the literature  8.6.10-6

K-1 [20]
The CTE of a and b present a non-linear behavior at
temperatures higher than 550°C. Moreover, the ap-
parent  CTE of  b phase is largely increased during
the ab transformation. The large increase in ap-
parent  bCTE was observed in  different  Ti  alloys.
Isothermal characterization of phase transformation
allowed to associate this behavior with the change in
composition  of  the  beta  phase  during  the  phase
transformation  [18].  In  addition,  changes  in  the
fwhm were  mentioned too  associated with hetero-
geneities  in  the  b phase  composition  during  the
transformation.  For  the higher transformation tem-
peratures, fwhm increased and further decreased as
transformation was completed.  At the lower trans-
formation temperatures, fwhm increases nearly con-
tinuously,  and did not decrease. This behavior was
associated with a  dispersed stress  state  due to  the

ICCM19 1739



transformation  strain  [19].  For  our  experiments,
fwhm increases during the transformation: a first in-
crease is observed between 920°C and 600°C and a
second one, larger in amplitude between 600°C and
400°C. For the first increase, the change in transfor-
mation amounts is large. The fwhm can mainly be
associated  with  heterogeneities  in  composition  in
beta.  At  the  lower  temperatures,  the  amount  of  a
formed is low (0.6% between 400°C and 20°C). The
increase in fwhm can be due to stresses,  either to
thermal  stresses  or  to  transformation  stresses.  As
fwhm decreases at temperatures lower than 400°C,
these stresses are mainly transformation stresses.

Analyzing  the  cell  parameters  evolution  versus
temperature for the steel/TiC composite, two major
features can be pointed out: i) significant variations
of  cell  parameters  during  the  transformations  ii)
deviations from a linear behavior during the cooling.

The apparent CTE obtained in table 4 and 5 led to
different values. We first point out the apparent CTE
of  TiC.  The  values  characterized  are  near  10.7-
10.9.10-6K-1 in  the  high  temperature  range.  These
values  are  larger  than  the  value  obtained  for  the
Ti64-TiC  composite,  and  about  30%  larger  than
those  reported  in  the  literature.  Such  difference
cannot be associated with a change in the chemical
composition of the TiC during cooling. It is due to
thermal stresses in the composite. As austenite CTE
is nearly 3 times larger than that of TiC, stresses are
generated in both phases. The apparent CTE of TiC
increases  while  that  of  austenite  decreases.  TiC
reinforcements  have  a  mean  compression  state,
while the austenite grains have a mean tensile strain.
After  transformation,  when  the  matrix  is  mainly
composed  of  pearlite  (CTE  near  12.10-6K-1)  the
apparent CTE of TiC is lower (9.10-6K-1). 

In  addition  to  the  thermal  stresses,  these  results
highlight  the  role  of  the  transformation  strain  on
changes  in  the  local  stress  states.  For  both
conditions,  the  transformation  occurs  with  an
increase in the atomic volume. This change leads to
an  increase  of  the  TiC  cell  parameter  during  the
pearlite formation as well as during the martensite
formation.  If  we  consider  that  the  CTE  of  TiC
particles is near 8.10-6K-1, the TiC particles are in a
mean  compression  state  before  the  transformation.
The  volume  increase  associated  with  the

transformation will lower the mean compression. On
the other hand, the austenite was in a mean tensile
state,  and the transformation  will  lead to  decrease
this  mean  tensile  state.  The  increase  in  fwhm  is
again associated with a  spread of  the  local  elastic
strains due to the spatial distribution of the phases
and  some  possible  local  plasticity  (dislocation
density) [23]. 

Additional  analysis  of  these  results  needs  a
micromechanical  model  leading  to  the  local  strain
distribution during the treatment.

6 Concluding remarks

High  energy  diffraction  is  a  powerful  tool  to
highlight  the  microstructure  evolution  during
thermal treatments. Evolution of the phase fraction
and  cell  parameters  during  thermal  treatments  of
metal matrix composites (titanium and steel matrix)
shown that  their  exist  chemical  exchange between
the matrix and the reinforcement. These exchanges
modify the phase transformation kinetics. Moreover
we highlight the formation of stresses in each phase
during  the  transformation  and  during  thermal
treatment  (without  phase  transformation).  Those
stresses  have  to  be  considered  regarding  the  final
properties of the composite. 
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1 Introduction 

Glass-fibre reinforced polypropylene (PP-GF) 

composites have been widely used in technical 

applications, particularly in the automotive and 

sports industry [1]. To explore their full mechanical 

potential (lightweight design), in-depth knowledge 

of the structure-property correlation is essential. 

Furthermore, understanding of the experimental 

behaviour facilitates the development of appropriate 

material models for numerical component design. 

Due to the anisotropic behaviour of PP-GF 

composites, knowledge of the orientation 

distribution of fibres (FOD) is the key to correlate 

the experimental findings to the microstructure. 

Since bending, biaxial impact or multiaxial loading 

are typical load situations for engineering structures, 

measuring only uniaxial tension is not appropriate. 

In contrast to unidirectional laminates (continuous 

fibres), only limited data is available for PP-GF 

composites to fully describe the strength surface as a 

function of FOD and to choose a suitable strength 

criterion. For this reason, in this research work the 

behaviour in uniaxial tension and compression was 

investigated for a series of specimens with different 

fibre orientations. A computed tomography device 

was utilized to determine FOD for all specimens 

characterized. Furthermore, bending tests for 

selected microstructures were conducted and 

compared to the tensile and compressive tests. 

 

2 Materials and Methods 

The commercial grade GD301FE from Borealis with 

a fibre content of 32 w% was investigated. 

Multipurpose specimens (MPS) according to ISO 

3167-1A and plates (size A5) were injection 

moulded, see Fig. 1. Both geometries have a 

thickness of 4 mm. From the plate, small tension and 

compression specimens were machined at different 

positions as indicated in Fig. 1. To correlate the 

mechanical results to the microstructure, FOD of all 

samples were measured via computed tomography 

(CT) using the Nanotom device (GE Phoenix|x-ray, 

Germany) [2]. 

As to the MPS, tensile, flexural and compressive 

tests were conducted as a function of strain rate 

(0.0001 s
-1

 - 0.01 s
-1

) at 23°C. Tensile and 

compressive tests were carried out on the small 

specimens from the plate at the same strain rate 

range, accordingly. To increase the test accuracy and 

to allow for a detailed analysis of Poisson’s ratio and 

volume strain as damage indicator, a 3D Digital 

Image Correlation system was utilized [3]. This also 

enables to correlate the material behaviour in 3-point 

bending to tension and compression. 

 

3 Selected Results and Conclusions 

Based on the CT result where every single fibre in 

the measurement volume was recorded, accurate 

calculation of FOD as a position-resolved value was 

carried out. At two different positions of the plate, 

FOD in the injection direction is depicted in Fig. 2. 

While at the edge a high degree of fibre orientation 

can be found with typical values above 0.6, a distinct 

layered microstructure was observed at the plate 

centre with high degree of orientation at the skin and 

perpendicular fibre arrangement at the core. 

Remarkably, the determined degree of orientation 

varies between 0.1 and 0.9. 

The macroscopic mechanical behaviour in tension 

and compression of these specimens is depicted in 

Fig. 3 for a strain rate of 0.001 s
-1

. Firstly, specimens 

cut out from the edge exhibited significantly larger 

stresses than the one from the plate centre, which is 
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in agreement with the microstructural observations. 

Secondly, the maximum compressive stresses 

exceeded the maximum tensile stresses, clearly 

showing the effect of mean pressure on the stress-

strain response. Interesting to note, not only the 

stresses but also the strain values at failure are 

higher in compression than in tension. This can be 

attributed to different micro-mechanisms of 

deformation; void initiation and growth at the fibre 

tip, fibre pull-out and breakage in tension and 

mainly interfibre shear failure in compression. 

Similar to the extensive testing procedure for 

unidirectional laminates where compressive and 

tensile tests are conducted as a function of laminate 

(fibre) orientation to select the best failure criterion, 

the ratio between the maximum stresses in 

compression and tension was calculated and 

compared with the corresponding microstructural 

state, i.e., the average fibre orientation. As can be 

seen from Fig. 4, the dependence of the material on 

mean pressure decreases with increasing fibre 

orientation. A value of 1.2 was found for highly 

orientated samples, while doubling of the maximum 

stress in compression was found for low orientated 

samples. For the neat matrix a value of 1.4 was 

determined. This result shows that based on the 

assumption of a constant compression/tension ratio 

irrespective of the microstructure, a thorough 

selection of the failure criterion may not be possible 

and may cause misleading result interpretations. 
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Fig. 1. Injection moulded plate, size A5. The three 

black rectangles represent the positions taken for the 

specimens to be machined. Tensile and compressive 

tests were done in-flow and perpendicular to flow-

direction. 

a) b) 

Fig. 2. Fibre orientation distribution in flow 

direction at the edge (a) and the centre (b) of the 

plate. Measurement volume was 2.5 mm wide over 

the whole plate thickness. 

 

Fig. 3. Tension and compression stress-strain curves 

for edge and centre specimens, tested in flow 

direction. 

b) 

Fig. 4. Compression / tension ratio plotted as a 

function of average fibre orientation. 
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1 Introduction  

The research related to measure the multi-axial 

forces such as contact forces and friction forces on 

the ground has being carried out in the field of 

tactile sensing devices. 

The developed tactile sensors could reproduce a 

human sensation by measuring only contact forces 

or a slip by lateral forces. Also, they are very 

expensive and have low durability due to the use of 

MEMS technologies or the semiconductor sensor. In 

order to overcome the disadvantages mentioned 

above, flexible substrates such as silicone and 

polymers with embedded fiber-type sensors such as 

piezoelectric sensors or fiber optic sensors have been 

studied. In particular, FBG sensors, which have 

several sensing points on one fiber optic sensor, 

were very efficient for multi-point sensing. 
Therefore, in this study, multi-axial force 

detection in polymer structures was investigated 

using embedded FBG sensor for developing a new 

tactile sensing system. 

 

2 Materials and Testing Methods 

2.1 Materials 

In this study, Fiber Bragg Grating (FBG) sensors 

composed of quartz material were used with a diameter of 

approximately 250m. As a kind of fiber optic sensors,  

FBG sensors have a feature of changing the refractive 

index in Bragg grating to reflect specific wavelengths of 

light. FBG sensors are consisted of light propagating core 

part, cladding to block external light, and buffer to protect 

from external shock. Under external loads such as, 

temperature changes and external forces, the Bragg 

grating is contracted or relaxed, and as the wavelength of 

the reflected light is changed. Therefor, the external force 

applied to the sensor can be determined by measuring the 

wavelength changes.  

     Table.1 shows the specification of the FBG sensor. As 

shown in Fig.1, the FBG sensor four Bragg gratings with 

10mm of length and 20mm of interval, and wavelengths 

of each FBG were set by 1520, 1540, 1560, and 1590nm 

section split. 

     Epoxy, Polyester and polydimethylsiloxane (PDMS) 

were used for polymer skins and their specification was 

shown in Table. 2. 

2.2 Specimen 

In this study, three different specimens with 

respect to the skin materials were prepared. As 

shown in Fig.2 plate-type specimens (100 x 100 x 2 

mm) were fabricated with arrayed FBG sensors with 

the interval of 20mm. 

 

 
Fig. 1. Configuration of FBG sensor  

 

 

.  

Fig. 2. Schematic configuration of specimens  
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Fig. 3. represents the fabricating procedure of 

specimens. First, FBG sensors were installed in the 

mold along the grooves of the mold edges to prevent 

damage or injury, and then the mold was assembled. 

At this time, FBG sensors in the assembly process 

added grooves to prevent damage or injury. Second, 

the assembled mold was preheated oven for about 30 

minutes, and then the skin materials were poured 

and cured. 

 

2.3 Test Equipment 

In order to evaluate the sensing performance of 

the contact and frictional forces, testing machine can 

give the biaxial motion and loading to the specimens. 

It is difficult for the conventional testing equipment 

to conduct the multi-axial loading tests a new testing 

machine was equipped as shown in Fig. 4. 
 

Table 1. FBG sensor specifications 

Wavelength range 1510~1590nm 

Wavelength tolerance +/- 0.5nm 

Reflectivity >90% 

FWHM 0.2 ~ 0.4nm 

Strain range 1000με 

Fiber type 
SMF-28 Acrylate 

Recoating 

Strain sensitivity 1.20pm/με 

Temp sensitivity 11pm/°C 

Proof test 100Kpsi 

Pigtailed length 1m(in each side) 

Connector type FC/APC(optional) 

Operating temperature -20~80°C 

Dimensions 145 x 30 x 20 mm 

Weight 50g 

 

Table 2. Skin materials 

Division Epoxy Polyester PDMS 

Resin Product YD-115 R-235 
SYLGARD-

184(a) 

Curing 

agent / 

Catalyst 

Product G-A0533 MEKPO 
SYLGARD-

184(b) 

Mixing ratio 2:1 100:1 2:1 

Curing 

Temp. 

(℃) 
80 80 80 

Time 

(Hour) 
2 2 3 

Manufacturer 
Kukdo 

Chemical 

Sewon 

Hwasung 

Dow- 

Corning 

 

             
(a) Fiber array               (b) Mold assembly 

 
(c) Skin material injection / Curing 

Fig. 3. Fabrication procedure of test specimens 

 

 
Fig. 4. Biaxial testing equipment 

 

The liner motor (Fig. 4○3 ) was attached to the 

linear rail for controlling the specimen position and 

applying frictional forces. Jigs (Fig. 4○4 ) were on 

the linear rail for installing the specimen. In order to 

apply the constant contact forces, 5 weights of 10N 

each were used as shown in Fig. 4○1 . Voice coil 

motor (Fig. 4○2 ) was equipped for dynamic contact 
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Table 3. Testing equipment configuration 

Liner motor 

Product LA-3 

Manufacturer TGG 

Specifications 
Speed : 4~40mm/s 

Load : 50~1200N 

Loadcell 

Product CBFSA / LF 1 

Manufacturer 
CAS Korea 

/ KOZY International 

Specifications Load : 300 / 200N 

Voice coil 

motor 
Specifications Load : 100N 

Displacement 

sensor 

Product OD Value 

Manufacturer RADIAN 

Specification 
Displacement : 

60~180mm 

  

forces. Contact and friction forces were measured by 

two miniature loadcells with 200N and 300N 

capacity assembled at the end of the contact force 

loading tip and between the linear motor and jigs, 

respectively. In order to measure the exact position 

and moving speed of specimens laser displacement 

sensor (Fig. 4○5 ) was mounted at the base block. 

Details of each part were shown in Table 3. 

 

2.4 FBG sensor analysis 

FBG sensors have distributed Bragg reflector in a 

short segment on the optical fiber that can reflect 

light with different wavelengths, and physical 

quantity (length changes) can be detected by 

measuring the wavelength changes of each Bragg 

reflector.  

In this study, polarization-maintaining optical 

fibers with two unique polarization axes were used 

in order to measure the contact forces normal to the 

tactile sensing area and the frictional force parallel 

to the tactile sensing area. 

Fig.5 shows the typical forms of the measured 

signals during the experiments. Fig. 5(a) the 

measured signals under the static contact. Since the 

static load was applied, maintained for a given time, 

and then remove, a square type wave signal was 

observed. The signals were positive if the material 

was under the tensile deformation, a negative if 

under the compressive deformation. When the 

sinusoidal dynamic contact forces were applied, the 

wavelength changes were also sinusoidal as shown 

in Fig. 5(b). Fig. 5(c) represents the measured 

signals when the friction force is applied. When the 

loading tip passed on the FBG sensors, the 

wavelength changes were observed. 

The measured wavelength changes were 

converted to the strain using equation (1). 

 






KTKT

B

B             (1) 

KT and K represent the sensitivity of FBG sensors 

to the strain and temperature. 

In this study, strain can be simplified as equation 

(2) because the temperature remains constant. 








K

B

B )(


                        (2) 

 

 

 
(a) Static contact force  

 
(b)Dynamic contact force 

 
(C) Frictional force 

Fig. 5. The typical forms of the measured signals 
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2.5 Test methods 

The purpose of this study is to analyze the 

magnitude, location, moving direction and load 

types of the external multi-axial loads based on the 

sensor's signal, and then determine the information 

of contact surfaces in real-time. 

Since the contact forces and friction forces were 

applied simultaneously, several variables should be 

selected before conducting experiments. In this 

study, considered polymer materials, the magnitude 

and location of the static contact forces, the 

magnitude, location and frequency of the sinusoidal 

dynamic contact forces, and the magnitude, location 

and moving speed of the frictional forces were 

selected as the experimental parameters. 

In order to investigate the effects of the contact 

forces, the static and dynamic contact forces were 

applied on the designated location of the Fig. 6(a).  

The magnitude of the contact forces were in the 

range of 10 ~ 50N, and the distance between the 

designated locations was 10mm. Frequencies of the 

sinusoidal dynamic contact forces varied from 1 to 

10Hz.  

 

 
(a) Loading position of static /dynamic contact 

forces 

 
(b) Moving path of frictional Force  

Fig. 6. Loading position and path of contact  and 

frictional forces  

The Frictional forces were applied on the 

indicated lines of the Fig. 6(b), according to distance, 

Load and moving speed. In these tests, the frictional 

forces were applied by the friction between the 

loading tips and the specimens under the contact 

forces, and the moving speeds of the loading tips 

were varied from 10 to 40 mm/s.  

 

3 Experimental Results and Discussion  

3.1 Static Contact Forces 

In Fig. 7, the strain, measured by the FBG sensor 

1, with respect to the magnitude of the contact forces 

and polymer materials is shown when the static 

contact forces were applied at the location of P1. If 

the load increases, Epoxy and Polyester deformed 

compressively, while PDMS tensilely. However, 

strain changed linearly for all cases. 

 

 
Fig. 7. The strain measured by the FBG sensor 1, 

with respect to the magnitude of the contact forces 

and polymer materials when the static contact forces 

were applied at the location of P1. 

 

 
Fig. 8. The measured strains with respect to the 

distance between the loading position (PE1 – PE5) 

and FBG sensor 1 and the polymer materials. 
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Fig. 8 depicts the measured strains with respect to 

the distance between the loading position (PE1 – 

PE5) and FBG sensor 1 and the polymer materials. 

In this case, 10N of the contact force were applied 

along the direction perpendicular to the FBG sensor 

1. As shown in Fig. 8, the compressive strains were 

observed and the magnitude decreased in the case of 

epoxy and polyester. However, in the case of PDMS, 

the measured strain was tensile near the sensor, and 

then changed to compressive similarly to the cases 

of epoxy and polyester. 

The strains measured at FBG sensor 1 with 

respect to the loading position of PA1 – PA7 and the 

polymer materials were shown in Fig. 9. In this case, 

10N of the contact forces were applied along the 

direction parallel to the FBG sensor 1. Strains in 

epoxy and polyester were monotonically changed 

from compressive to tensile, while strain changes of 

 

 
Fig. 9. The measured strains with respect to the 

distance between the loading position (PA1 – PA7) 

and FBG sensor 1 and the polymer materials. 

 

 
Fig.10. The measured strains with respect to the 

measuring and loading positions when 10N of the 

static contact force was applied to PDMS along the 

direction perpendicular to FBG sensor 1. 

 
Fig. 11. The measured strains with respect to the 

measuring and loading positions when 10N of the 

static contact force was applied to PDMS along the 

direction parallel to FBG sensor 1. 

 

PDMS had similar trend with the results of Fig. 8. 

Figs. 10 and 11 show the measured strains with 

respect to the measuring and loading positions when 

10N of the static contact force was applied to PDMS 

along the direction perpendicular and parallel to 

FBG sensor 1, respectively.  

As shown in Fig. 10, the measured strains at FBG 

sensor 1 (near the loading position) were changed 

from tensile to compressive. But the measured 

strains at other FBG sensors were compressive and 

decreased as the distance between the loading and 

measuring positions increased. Even though the 

strain changes at each FBG sensor were different, 

the magnitude of the strain changes was almost same 

with the distance between the loading and measuring 

positions if the distance was larger than 10 mm. 

Unlikely the results of Fig. 10, the measured 

strains had sudden changes when the static contact 

forces were applied near the measuring position. For 

all FGB sensors, almost zero or slightly compressive 

strains were observed when the static contact forces 

were applied far enough away. As the loading 

position became closer, the compressive strains 

increased. However, the measured strains were 

suddenly changed from compressive to tensile when 

the static contact forces were applied just near each 

FBG sensors. 

 

3.2 Dynamic Contact Forces 

Figs. 12 and 13 show the measured strains with 

respect to the distance between the loading position 

(PE1 – PE5, PA1 – PA7) and FBG sensor 1 and the 
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polymer materials when the sinusoidal dynamic 

contact forces with 10N magnitude and 1Hz 

frequency were applied and strain changes were 

measured at FBG sensor 1. 

Overall strain changes as shown in Figs. 12 and 

13 were similar to those under the static contact 

forces as shown in Figs. 8 and 9 with the exception 

of small differences of strain values.  

The measured strains at each FBG sensor with 

respect to the distance between the loading position 

(PE1 – PE5, PA1 – PA7) and FBG sensor 1 and the 

polymer materials were shown in Figs. 14 and 15 

when the sinusoidal dynamic contact forces with  

 

 
Fig. 12. The measured strains with respect to the 

distance between the loading position (PE1 – PE5) 

and FBG sensor 1 and the polymer materials when 

the sinusoidal dynamic contact forces with 10N 

magnitude and 1Hz frequency were applied and 

strain changes were measured at FBG sensor 1. 

 

 
Fig. 13. The measured strains with respect to the 

distance between the loading position (PA1 – PA7) 

and FBG sensor 1 and the polymer materials when 

the sinusoidal dynamic contact forces with 10N 

magnitude and 1Hz frequency were applied and 

strain changes were measured at FBG sensor 1. 

10N magnitude and 1Hz frequency were applied to 

PDMS. 

Overall strain changes as shown in Figs. 14 and 

15 were also similar to those under the static contact 

forces as shown in Figs. 10 and 11 with the 

exception of small differences of strain values. 

Fig. 16 represent the strain changes with respect 

to the frequency of the sinusoidal dynamic contact 

forces with 10N magnitude when the loading and 

measuring positions were PE1 and FBG sensor 1, 

respectively. As shown in Fig. 16, it seemed that the 

dynamic loading frequency didn’t affect the strain 

changes.  

 

 
The measured strains at each FBG sensor with 

respect to the distance between the loading position 

(PE1 – PE5) and FBG sensor 1 and the polymer 

materials 

 

 

 

 
Fig. 15. The measured strains at each FBG sensor 

with respect to the distance between the loading 

position (PA1 – PA7) and FBG sensor 1 and the 

polymer materials 
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Fig. 16. The strain changes with respect to the 

frequency of the sinusoidal dynamic contact forces 

 

3.2 Multi-axial Forces 

Figs. 17 – 19 show the measured strains of epoxy, 

polyester and PDMS with respect to the loading 

position when the frictional forces with 10mm/s 

speed moved along Path 1 – 7 under 10N magnitude 

of the static contact force and the strain changes 

were measured at FBG sensor 1. Negative values of 

the location mean that the frictional forces were 

applied at the left side of FBG sensor 1 and vice 

versa. 

When the frictional forces were applied on the 

epoxy and polyester specimens, which had relatively 

large Young’s moduli, the measured strains had 

almost same tendency as shown in Figs. 17 and 18. 

When the loading tip passed right on the FBG sensor 

line along Path 1, maximum tensile strains were 

observed at FBG sensor 1 while those along other 

paths were slightly changed. However, no strain 

change was detected when the loading tip was over 

10 mm far from the FBG sensor line. 

In case of PDMS, which had relatively low 

Young’s modulus, the maximum tensile strains were 

observed when the loading tip passed on the FBG 

sensor line regardless the moving paths. Of course, 

the maximum values were decreased as the loading 

path became farther. 

When the frictional forces with 10 mm/s speed 

were applied on PDMS specimens along Path 1 

under 10N of the contact force, the measured strain 

changes of each FBG sensor were shown in Fig. 20. 

Overall strain tendency was quite similar to the 

results of Fig. 19. The closer FBG sensor and the 

loading path was, the larger strain changed. 

Fig. 21, which is replotted from Figs. 17 – 19, 

shows the strain changes of each polymer materials 

measured at FBG sensor 1 when the frictional forces 

with 10mm/s speed were applied along Path 1 under 

10N of the contact force. All cases had a similar 

trend as mentioned in the results of Figs. 17 – 19, 

but the magnitude of the strain changes were 

different due to the Young’s moduli of each polymer 

materials. 

The effect of the moving speed of the frictional 

forces on the strain changes was shown in Fig. 22. In 

this case, the frictional forces were applied on 

PDMS specimens along Path 1 under 10N of the 

contact force and the strain changes were measured 

at FBG sensor 1. The maximum tensile strains were 

increased slightly when the moving speed increased. 

 

 
Fig. 17. The measured strains of epoxy with respect 

to the loading position when the frictional forces 

with 10mm/s speed moved along Path 1 – 7 under 

10N magnitude of the static contact force and the 

strain changes were measured at FBG sensor 1. 

 

 
Fig. 18. The measured strains of polyester with 

respect to the loading position when the frictional 

forces with 10mm/s speed moved along Path 1 – 7 
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Fig. 19 The measured strains of PDMS with respect 

to the loading position when the frictional forces 

with 10mm/s speed moved along Path 1 – 7 under 

10N magnitude of the static contact force and the 

strain changes were measured at FBG sensor 1. 

 

 
Fig. 20. The measured strain changes of each FBG 

sensor when the frictional forces with 10 mm/s 

speed were applied on PDMS specimens along Path 

1 under 10N of the contact force 

 

But there was no difference when the loading tip 

was over 10mm far from the FBG sensor. 

Fig. 23 represents the effect of the magnitude of 

the frictional forces when the frictional forces were 

applied on PDMS along Path 1 under the contact 

forces of 10 – 50N and the strain changes were 

measured at FBG sensor 1. The maximum tensile 

strains were increased distinguishably when the 

frictional forces increased. 

 

3.2 Compare contact pressure and Frictional 

force 

Fig. 24, which was replotted from Figs. 8, 12 and 

21, represents the comparison between the strain  

 
Fig. 21. The strain changes of each polymer 

materials measured at FBG sensor 1 when the 

frictional forces with 10mm/s speed were applied 

along Path 1 under 10N of the contact force, which 

is replotted from Figs. 17 – 19. 

 

 
Fig. 22. The effect of the moving speed of the 

frictional forces on the strain changes when the 

frictional forces were applied on PDMS specimens 

along Path 1 under 10N of the contact force and the 

strain changes were measured at FBG sensor 1. 

 

changes under the uniaxial loads (the static or 

dynamic contact forces) and the multi-axial loads 

(the static contact force and friction force). As 

shown in Fig. 24, the tendencies of the strain 

changes under the uniaxial and multi-axial loads 

were similar. In particular, there is a little difference 

between the static and dynamic contact forces. In 

addition, the strain changes under both of the contact 

and friction forces (multi-axial forces) were shifted 

from those under the uniaxial loads. This was caused 

by the addition of the frictional forces to the contact 

forces under the same conditions. 
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Fig. 23. The effect of the magnitude of the frictional 

forces when the frictional forces were applied on 

PDMS along Path 1 under the contact forces of 10 – 

50N and the strain changes were measured at FBG 

sensor 1. 

 

From these results, it can be expected that the 

contact and friction forces can be separated and the 

information of the contact surface can be determined 

by measuring the strain changes using developed 

tactile sensing structures. 

 

4 Conclusion  

In this study, multi-axial force detection in 

polymer structures was investigated using embedded 

FBG sensor for developing a new tactile sensing 

system. Plate-type specimens with three different 

materials were fabricated with arrayed FBG sensors. 

Polymer materials, the magnitude and location of 

the static contact forces, the magnitude, location and 

frequency of the sinusoidal dynamic contact forces, 

and the magnitude, location and moving speed of the 

frictional forces were selected as the experimental 

parameters. 

As the load increased and the loading position 

became closer, the strain changes were larger for all 

materials under both the uniaxial and multi-axial 

loads. The tendencies of the strain changes of epoxy 

and polyester were somewhat different from that of 

PDMS since PDMS had lower hardness and 

modulus than epoxy and polyester. 

The strain changes under the multi-axial loads 

were similar to those under the uniaxial loads, but 

the values of the strain changes are different. 

Therefore, it can be expected that the contact and 

friction forces can be separated and the information  

 
(a) Epoxy 

 
(b) Polyester 

 
(c) PDMS 

Fig. 24. The comparison between the strain changes 

under the uniaxial loads (the static or dynamic 

contact forces) and the multi-axial loads (the static 

contact force and friction force), which was 

replotted from Figs. 8, 12 and 21. 

 

of the contact surface can be determined by 

measuring the strain changes using developed tactile 

sensing structures. 
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1 Introduction  

Currently, the researches on developing flexible 

tactile sensors for the artificial skins have been 

actively.[1-9]. In particular piezoelectric, optic or 

chemical sensor have been used by being inserted in 

pliable materials such as silicones, polyesters and 

polydimethylsiloxane (PDMS) for flexible tactile 

sensors.[10-14].  

Recently, fiber or strip-type piezoelectric polymers 

became the appropriate sensing materials for tactile 

sensors due to their excellent flexibility, but related 

studies for the multi-axial load detection are still in 

an early stage. For this reason, basic parametric 

studies such as types, shapes and embedded 

locations of piezoelectric polymers should be 

preceded under multi-axial loads.  

Accordingly, this study developed the tactile sensor 

made by PVDF strip embedded PDMS to have 

flexibility, and investigated the sensing performance 

through measuring the signals generated from tactile 

sensors under the multi-axial forces. 

In particular, this study focuses on effects of 

arrangement of embedded piezoelectric polymer 

films in order to separate measured signals against 

each multi-axial load. 

2 Materials and Methods 

2.1 Piezoelectric Characteristics 

The piezoelectric characteristics of the piezoelectric 

film used in this study use the interaction between 

mechanical and electric energy, referring to the 

characteristic that the film undergo the electric 

dipole changes when external forces are applied. 

 Piezoelectric properties can be classified as the 

piezoelectric strain e (C/m
2
) and stress piezoelectric 

constant d (C/N) as shown in Equation (1) and (2).  
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                                       (2) 

 

where , , a, b, d, e represent stress (Pa), strain 

(m/m), electric flux density (C/m
2
), electric field 

(V/m), and two piezoelectric constants, respectively.  

This study intends to conduct a basic research on 

developing multi-axial force sensor by analyzing 

characteristics of electric signals under external 

loads. 

 

2.2 Materials and Specimens 

Specimens have a structure similar to composite 

materials. The piezoelectric film is used to measure 

multi-axial forces similar to the reinforce materials 

of composite materials and PDMS was used to 

protect sensors and give flexibility to the tactile 

sensor similar to the matrix material. Product 

information and mechanical properties of PVDF 

film and PDMS are shown in Table 1. 

Three continuous-type specimens with vertically 

arrayed (Fig. 1a), horizontally arrayed (Fig. 1b) and 

crosswise arrayed (Fig. 1c) PVDF films, and one 

discontinuous-type specimen (Fig. 1d) are fabricated  
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Table 1. Specification of PVDF Film and matrix 

materials. 

 Sensor Skin 

Manufacturer Kureha 
Daw 

corning 

Product Name 
PVDF Film 

80 m  

Sylgard 

184 

Piezoelectric 

constant 

31d  22 NpC /  

- 

32d  2 NpC /  

33d  35 NpC /  

31e  75
2/ mmC  

32e  6
2/ mmC  

33e  105
2/ mmC  

Tensile Modulus (MPa) 3000 0.36~0.87 

Tensile Strength (MPa) 11.7~14.1 2.24 

 

 

 

 
(a)                                    (b) 

 

 
(c)                     (d) 

Fig. 1. Configuration of three continuous-type 

specimens with vertically arrayed (a), horizontally 

arrayed (b) and crosswise arrayed (c) PVDF films, 

and one discontinuous-type specimen (d). 

 
       (a)                        (b)                             (c) 

Fig. 2. Manufacturing process of Piezoelectric 

sensor embedded specimens: (a) Fabrication of 

electrodes on PVDF films, (b) Installation of PVDF 

films between upper and lower molds, (c) Mold 

assembly and matrix injection. 

 

to figure out sensing with respect to the arrangement 

of piezoelectric polymer films as shown in Fig. 1. 

Manufacturing process of specimens is shown in Fig. 

2. First, the film was cut silver pastes were coated on 

the upper and lower surfaces of films and the two 

ends of the film are connected to electric wires to 

measure the piezo-electric properties. Then prepared 

PVDF films were installed between upper and lower 

molds and matrix materials are put inside the mold. 

Specimens were cured at 80 degrees for 2 hours.  

 

2.3 Experimentals 

The testing machine shown in Fig. 3. was used to 

measure the sensing performance of developed 

tactile sensors under multi-axis forces. This testing 

machine is internally made equipped for this study 

in order to apply vertical forces using electro-

dynamic actuator and the horizontal forces (like 

frictional forces) by moving the basement with 

specimens using a linear motor. 

Specification of important components for the 

testing equipment are shown in Table. 2. 

For the mono-axial loading experiments, a voice coil 

motor attached on the top of the testing machine was 

used to apply sinusoidal forces to the specimen, 

taking the magnitude, location and speed of the input 

load, and PVDF film arrangements as test variables. 

ICCM19 1755



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

` 

3  

 

 
Fig. 3. Photographs of testing equipment 

 

Fig. 4 shows the representative graph of applied load 

and measured electric signals under the vertical 

force only. As seen in Fig. 4 depending on the input 

load in the form of sine waveform, measured electric 

signals from the film show similar tendency to the 

input load with the sine waveform.  

 

Table 2. Specification of important components for 

the testing equipment. 

Linear motor 

Product 

name 
LA-3 

manufacturer TGG 

specifications 
Speed : 4~40mm/s 

Load : 50~1200N 

Linear rail 

/ 

Roller 

Product 

name 
PLR2C / BJKR 

manufacturer MISUMI 

specifications - 

Load cell 

Product 

name 
CBFSA / LF 1 

manufacturer 
CAS Korea 

/ KOZY International 

specifications Load : 300 / 200N 

Voice coil 

motor 

Product 

name 
- 

manufacturer - 

specifications 

Load : 100N 

Displacement : 

 30mm 

Displacement 

sensor 

Product 

name 
OD Value 

manufacturer RADIAN 

specifications 
Displacement : 

60~180mm 

The result of the mono-axial loading experiments 

was analyzed by comparing the maximum and 

minimum values of the applied loads and the electric 

signals.  

For the multi-axial loading experiments, static 

vertical forces are applied to the specimen using a 

weight pendulum and dynamic horizontal forces are 

introduced using a linear motor. The experiment 

variables included the magnitude of the vertical 

forces, the speed of the horizontal forces, and PVDF 

film arrangements.  

Fig. 5 shows representative graph of applied loads 

and measured electric signals under the multi-axial 

forces. When the linear motor moves at a constant  

 

 
 Fig. 4. Representative graph of applied loads and 

measured electric signals under the vertical load 

only 

 

 
Fig. 5. Representative graph of applied loads and 

measured electric signals under the multi-axial 

forces. 
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speed, the location of the vertical loading tip 

changes, and the maximum electric signals were 

observed when the vertical loading tip passes above 

the film. Then the maximum electric signal values 

are analyzed with respect to the experimental.  

 

3 Results and Discussion 

3.1 Mono-axial Loading Experiments 

The following are selected experiment variables for 

mono-axial loading experiments. Different input 

loads were applied such as 15, 25, 35 and 45N to 

check electric signal changes with respect to the 

magnitude of the vertical load. For investigating the 

effect of the loading position, vertical loads were 

applied to the positions designated by circled 

number depending on each array as shown in Fig. 6. 

To evaluate the effect of the loading speed, the 

frequency of the sinusoidal load was changed from 1 

to 5, 10 and 20Hz.  

Fig. 7 shows characteristics of electric signals 

changing depending on three different array types 

when the load was applied on the position ○1  of all 

specimens. It was commonly observed that the 

higher the load became, the more linear the resulting 

electric signal values were. The discontinuous-type 

specimen shows lower signal than the continuous-

type specimen because the relatively smaller amount 

of sensors (PVDF films) was inserted in the matrix. 

And the signal measured on the vertical line of the 

continuous-type specimens with crosswise arrayed 

PVDF films was higher than those with vertically 

arrayed PVDF films because the load applied to the 

former is closer to the load applied and more 

deformed. 

Fig. 8 shows measured electric signals with respect 

to the distance between the loading and sensing 

positions. Vertical force of 10N was applied on the 

position ○1 ~○5  as shown in Fig. 6. When the loading 

position was ○1  (right on the sensing PVDF film), 

measured electric signals were much higher than 

others. However, if the distance was over 10mm, the 

signal started to dramatically drop.  

 

 

 

 

 

20mm

2mm

100mm

1 2 3 4 5 6

10mm

3mm 1.5mm

 
                                    (a) 

20mm

100mm

3mm

1 2 3 4 5 6

10mm

10mm

2mm

1.5mm

 
                                      (b) 
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1
0
0
m

m

5 15

10mm

6 5 4 3 2 11

10mm

2mm

100mm

3mm 1.5mm

 
                                    (c) 

1

2mm

1
0

0
m

m

6 5 4 3 2 11

1

7

8

9

10

11

5 15 10mm

3mm
1mm
1mm

 
(d) 

Fig. 6. Dimensions and loading positions of 

specimens with (a) vertically arrayed continuous, (b) 

horizontally arrayed continuous, (c) crosswise 

arrayed discontinuous, and (d) crosswise arrayed 

continuous PVDF films. 

 

Fig. 9 represents measured electrical signals with 

respect to the speed of applied mono-axial vertical 

loads. The experiment was done under the constant 

vertical force of 10N applied on the position ○1  as 

shown in Fig. 6 with the frequency of 1, 5, 10 and 

20Hz. As shown in Fig. 9 measured electric signals 

of each specimen were almost same regardless of the  

 
Fig. 7. Measured electric signals with respect to the 

magnitude of applied mono-axial vertical loads 

 
Fig. 8. Measured electric signals with respect to the 

distance between the loading and sensing position 

under the monoaxial vertical loads 

 
Fig. 9. Measured electric signals with respect to the 

speed of applied monoaxial vertical loads 
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loading speed. 

 

3.2 Multi-axial Loading Experiments 

In order to apply the multi-axial loading, specimens 

were moved horizontally under the vertical forces. 

Due to the friction between loading bar and 

specimens, the developed tactile sensor receives 

undergoes both of vertical and horizontal forces 

simultaneously.  

Multi-axial loading experiments were done on the 

continuous-type specimen with crosswise arrayed 

PVDF films as shown in Fig. 10 The experimental 

parameters were horizontal forces and horizontally 

moving speeds. 

The graph in Fig. 11 shows characteristics of the 

electric signal measured with respect to the 

horizontal forces under the multi-axial loads and the 

horizontally moving speed of 10mm/s. The result 

confirmed that the higher the horizontal force was, 

the higher the signal gets. 

  

1

1

20mm

100mm

2mm

1
0
0
m

m10mm

 

Fig. 10. Configuration of multi-axial loading 

experiments. 

 

 

The graph in Fig. 12 shows characteristics of the 

electric signal measured with respect to the 

horizontally moving speed under the horizontal 

force of 10N. The result confirmed that the higher 

the horizontally moving speed was, the higher the 

signal gets. 

 

 

 
Fig. 11. Measured electric signals with respect to the 

horizontal forces under the multi-axial loads  

 

 
Fig. 12. Measured electric signals with respect to the 

horizontally moving speeds under the multi-axial 

loads 
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4. Conclusion 

This study analyzed characteristics of electric 

signal changes depending on the arrangement types 

of the embedded piezoelectric polymer sensor under 

external multi-axial forces. 

Three continuous-type specimens with vertically 

arrayed (Fig. 1a), horizontally arrayed (Fig. 1b) and 

crosswise arrayed (Fig. 1c) PVDF films, and one 

discontinuous-type specimen are fabricated to figure 

out sensing with respect to the arrangement of 

piezoelectric polymer films. It was found that as the 

load increases, the electric signal values increases 

more for the continuous type than the discontinuous 

type. In proportion to the amount of the film sensor 

included in the specimen, the signal was measured 

higher for the continuous type than the 

discontinuous type under the same load. 

Depending on the magnitude of the load, 

regardless of the arrangement types, the higher the 

load was applied, the higher the signal was measured 

in a linear form.  

Based on this result, it is presumed that the 

arrangement types of embedded piezoelectric 

polymer films, and magnitude and location of the 

load can be found through analysis of characteristics 

of the electric signal.  
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1 General Introduction  

 Composite materials were widely used in various 

applications due to high specific strength, specific 

modulus and damping characteristic. However, 

Composite materials need to ensure structural 

reliability that occur defect in manufacturing and 

using. Therefore, non-destructive damage 

monitoring methods for composite materials are 

very important to enhance structural reliability. The 

main purpose is the development of prediction 

equation for piezoelectric constant of glass fiber 

epoxy composites to develop self sensor type non-

destructive damage monitoring system using 

piezoelectric characteristic of composite materials 

[1~3]. 

 

2 Experiments 

2.1 Materials and specimens 

 Specimens were fabricated using various glass fiber 

reinforced epoxy polymer as shown in Table 1.  

Specimens were manufactured by Hand-layup 

process in the mold, cured in Hot-Press for two 

hours at 80 ° C under 0.6MPa, and cut 10x10x10 

mm size using diamond wheel cutter. The surface 

was cleaned up by acetone and distilled water, dried 

in the oven, and applied electrode using conductive 

silver paste on the surface. 

Table 1 Specification of materials 

Type Product No. Corporation 

Plain G103 Sk Chemical 

Satin G209 " 

Unidirection G220 “ 

Chopped  

strand mat 

M723-300 Owenscorning 

Epoxy YD-115 Kukdo Chemical 

 

2.2 Apparatus and procedure 

 Experimental apparatus as shown in the Fig.1 to 

measure piezoelectric constants of glass fiber 

reinforced epoxy composites. We applied the 1 Hz 

sinusoidal compressive loads using universal testing 

machine (AG-IS, Shimadzu), and then measured 

electric charge signal of specimen through charge 

amplifier (Type 2692, Bruel&Kjaer, Denmark) and 

DAQ (9217, National Instrument Co., USA). The 

piezoelectric constants were obtained using the 

linear relationship between Electric Flux Density 

and Stress. 

 

3 Results and discussions 

 Experimental results as shown in the Fig.2 (a) 

depict that the absolute values of piezoelectric 

constants d31 were increased as the fiber orientation 

changed from 0 to 90 degrees. The predicted values 

by Eq. (1), which is similar to the transformation 

matrix in composite mechanics, were well agreed 

with experimental results. 

 

 

Fig.1 Experimental setup for measuring   

piezoelectric properties of glass fiber reinforced 

epoxy composites. 
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(c) 

Fig.2 Piezoelectric constants of glass fiber 

reinforced epoxy composites compare experiment 

constants with predicted constants; (a) d31 with 

respect to fiber orientation (b) d31 with respect to 

volume fraction (c) d33 with respect to volume 

fraction. 
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Experimental results as shown in the Fig.2 (b) and 

(c) represent that the absolute values of d31 and d33 

were decreased with respect to the fiber volume 

fraction. Using the rule of mixture and the 

assumption that the glass fibers have much lower 

piezoelectric constants than the epoxy, another two 

prediction equations (Eqs.(2) and (3)) could be 

derived. 
  )/(,31 NpCvdd mmc   (2) 

  )/(,33 NpCvdd mmc   (3) 

Eqs.(2) and (3) also can estimate d31 and d33 of glass 

fiber epoxy composites as shown in Fig.2 (b) and (c). 
 

4 Conclusions 

In this work, we predicted piezoelectric constants of 

glass fiber reinforced epoxy composite materials.  

By comparison between predicted result and 

experimental results, it showed similar results. So 

piezoelectric constant of glass fiber reinforced 

composite materials can be predict using Eqs. 

(1)~(3). 
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1 General Introduction  
 Catastrophic structural failures are the cause 
of many physical and personal losses, and it is 
estimated that their prevention could save billions of 
dollars each year. Non-destructive evaluation (NDE) 
techniques [1], [2], [3] have been developed and 
employed for damage detection of structures such as 
planes, bridges, etc. to monitor cracks and other 
damages at pre-critical levels for remediation [4], 
[5]. Most of these techniques are however hard to 
implement in situ, so extensive research using new 
materials and technologies is highly needed. 

 Although approaches using carbon 
nanotubes (CNTs) for damage detection have been 
developed, they are mostly based on external 
coatings and thus require numerous electrodes, 
making it complicated to implement in a 
medium/large size piece [6], [7]. Recently, we have 
developed a novel approach based on carbon 
nanotube-resistive-heating effect that takes 
advantage of the effects that damages have on the 
electric and thermal transport in a material 
containing aligned carbon nanotubes [8], [9], [10]. 
When a difference of potential is applied to the 
CNT-containing composite laminate, the laminate is 
heated by Joule effect, also known as resistive 
heating. This heat is transmitted through the 
laminate causing “hot spots”. This heat flow is 
impeded in areas of damages [11] and these changes 
of temperature can be locally visualized with a 
thermal camera. The power operation depends on the 
amount of CNTs used, and we demonstrated a 
spatial resolution superior to the current state-of-the-
art in non-destructive evaluation.  

 Despite recent efforts aimed at scaling up 
vertically aligned nanotube synthesis [12], the 

implementation of vertically aligned carbon 
nanotubes remains challenging within medium-size 
composite laminates. And because of this scaling 
limitation, most of the work using these nano-
architectures was limited to coupon-size samples 
[13], [14].  

 In this work, we have implemented an 
approach using commercial grade carbon nanofibers 
(CNFs) mixed in a thermoset resin. Medium size 
plates (300x300mm2) can be fabricated using 
resin/CNF mixtures and conventional composites 
fabrication process, such as hand-lay up. In order to 
assess the resolution of this new approach, defects of 
different size and depth have been created in the 
carbon-fiber laminate. This laminate has been 
analyzed using c-scan and the resistive heating NDE 
technique. 
 
2. Experimental 

2.1 CNF/resin 

 A low viscosity polyester resin (Vipel F774-
PTA, AOC resins) with 5% wt. carbon nanofibers 
(CNFs) supplied by Grupo Antolin Ingenieria was 
used as the composite matrix. 

 The carbon nanofibers used in this study 
were manufactured by Grupo Antolin Ingenieria 
using natural gas as a carbon feedstock, a Nickel 
compound as catalyst, and hydrogen and sulfur 
source a at temperatures above 1100°C in a floating 
catalyst reactor. These commercial grade carbon 
nanofibers are formed by continuous helical-ribbon 
graphite layers. More information about these CNFs 
can be found elsewhere [15], [16]. Scanning electron 
microscopy has been performed to evaluate the CNF 
dispersion of the sample.  
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A rotational viscometer (Fungilab Alpha serie) was 
used to characterize the CNF/polyester resin.  
 
2.2 Composite Fabrication  

 Two laminates, a thin (2 plies, 
150x150mm2) and a thick (10 plies, 300x300mm2) 
were fabricated. Both laminates were made by hand 
lay-up using the polyester/CNF mixture as a matrix. 

  First, the glass fiber quadraxial fabric (QE 
840, 840g/m2, Mel Composites) was cut. Every layer 
was impregnated with the polyester/CNF mixture, 
accelerator and catalyst, following the manufacturer 
recommendations.  

 Thin polymeric squares were placed 
between the plies to simulate interlaminar defects in 
the thin laminate [19]. In order to evaluate the effect 
of the polymeric film thickness, films of different 
thickness were used: three-square defects were 
placed (2x2, 4x4, 8x8mm2) using a 0.175mm-thick 
PTFE film (Tooltec CS5 film, Airtech) and other 
three-square defects of the same dimensions were 
also placed using a PTFE film of 0.025mm in 
thickness (RF-242-R, Airtech).  

 To analyze the effects of different defect 
morphologies, the thick laminate was divided in 
three regions: a region without any damage, called 
“Non-damaged region”; and two regions with 
defects, “In-planted defect region” and “Hole defect 
region” (Figure 1).  

 
Figure 1. Scheme of the 10-ply laminate and the defects 
created in the specimen for their detection through 
resistive heating NDE.  
 

 Different shape defects (10x10mm2 squares, 
10mm-diameter circles, and 10x20mm2 rectangles) 
made of glass fiber/PTFE film (0.13mm-thick, 
Merefsa S.L) were carefully placed between several 
plies of the laminate  (1, 2; 3,4 and 5,6 plies) in the 
“In-planted defect region” (Table 1).  
 
 
Laminate No. of 

plies 
Dimensions 

(mm3) 
Schematic 

layup 
 

Thin CF 
 

2 150x150x1.3  

Thick CF 
(In-planted 

defect region)
10 300x300x6.6 

 
Table 1. Laminate details where black continuous line - 
glass fiber layer, grey discontinuous line – interlayer with 
defects 
 
 To assess the resolution of the technique, 
different size and depth flat-bottom hole defects [20] 
were drilled in the “Hole defect region” of the cured 
laminated (Figure 2).  

 
 

                                                                                         
Figure 2. Scheme of the defects drilled in the “Hole 
defect region” of the 10-ply laminate. Bottom view of the 
surface of the sample. 

 
 Samples were cured during 5 hours at 100°C 
in a hot press. After curing, the specimens were 
trimmed using a diamond disc.  
 
2.3 Non-Destructive Evaluation Experiment 

 In order to verify the position of the defects 
and the quality of the samples, the laminates were 
first inspected by ultrasonic c-scan, one of the most 
popular NDE techniques for composites materials.  
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A standard ultrasonic c-scan equipment for 
composite inspection was used (TecniTest Triton 
1500 with an acquisition card type socomate 
USPC3100). For the thin and the thick laminate a 
5MHz (IS-0203-HR) and a 10MHz (ISL-1003-HR) 
probe were used respectively. 

Damaged specimens were heated via electrical 
curre

 Results and Discussion 

 

e surface area of the 

 
igure 3. Scanning electron micrograph of the fractured-
rface of the cured CNF/resin matrix. 

le to detect small 
es (<

 
Figure 4. Two-ply laminate and the interlaminar defects 
created in the specimen (white squares). Top row 
orresponds to the interlaminar defects created with the 
icker PTFE film and the bottom one to the thinner 

nt (Joule-effect heating) [8]. The temperature 
of the sample was recorded at 140x140 pixels, with 
a temperature range of -20°C to 250°C and a 
resolution of 0.1°C. In order to apply the current to 
the samples, silver-paint electrodes were applied on 
both ends of the laminate and were contacted by two 
wires by epoxy conductive paste. These two wires 
were connected to a power supply in order to heat 
the laminates. Because of the electrical resistance 
and size of the laminates, it took a couple of minutes 
to increase their temperature a few degrees over 
room temperature (∼20°C), depending on the power 
applied. Once the sample was heated, thermal 
images were taken with a low-cost infrared camera 
(i7, FLIR). 
 
3

3.1. Resin characterization

 Because of the larg
CNFs, the viscosity of the resin is around 4.5Pa at 
20 rpm, which is a significantly high value for hand 
lay-up process. However, using the quadriaxial glass 
fiber fabric, we did not found any CNF filtering 
effect on the laminate during the impregnation or 
dry-spots. The CNFs dispersion has been evaluated 
by scanning electron microscopy (Figure 3.) 

 

F
su
 

 Analyzing the fracture surface of a 
CNF/resin sample, we have been ab
hol 1µm diameter), probably created by the 
CNFs while expelled during the fracture process and 
short nanofibers distributed in the sample surface. 
Previous reports studied that these CNFs/CNTs 
dispersions are formed of clusters or agglomerates of 
CNF dispersed in the resin [17], [18].   
In order to assess the quality of the laminates, 
ultrasonic c-scan analyses have been performed. 
 
3.2. Non Destructive Evaluation: Ultrasonic c-
scan 

 Using a conventional ultrasonic c-scan 
equipment, we could detect the 8x8mm2 defects on 
the thin layer laminate. The damaged area appears 
larger for the thicker PTFE defects than for the 
thinner one (Figure 4).  
 

c
th
PTFE film (a). C-scan image of the two-ply laminate (b). 
The large green squares correspond to the defects placed 
in the composite. 
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 For the 4x4mm2 square defects, a small 
damaged region is seen by ultrasonic c-scan, 
however, this damaged region is not accurately 
defined as there are some other spots showing a 
similar pattern, such as the left corner of the 
laminate. There are also some small spots in the 
laminate distributed along the fiber direction, 
probably produced during the fabrication process. 
The 2x2mm2 defects were not detected, neither for 
the thin nor the thick PTFE- simulated defects. 
 For the thick laminate, all the PTFE in-
planted defects were detected. However, despite the 
size of the defects, their morphology remained 
difficult to visualize.  
 Additionally, although the defects were 
introduced in different layers, it was not possible to 
identify in which layer they are located. From all the 
nine positions were defects were introduced, it 
seems that one has been moved during the laminate 
fabrication, as can be seen in the top-right corner of 
the c-scan image (Figure 5).  
 

 
Figure 5. Ten-ply laminate and the defects created in the 
specimen (white squares). The defects are placed between 
different plies of the composite (a). C-scan image of the 
ten plies laminate. In red, defects detected by c-scan (b). 

nd wires attached to both samples, as 

in order to 

 sample with a 
ermal

 
Figure 6. Scheme of the laminates and the defects created 
in the specimen for its detection through resistive heating 
NDE.  

 

3.3 Non Destructive Evaluation: Resistive 
Heating 

 Once the samples were inspected by 
ultrasonic c-scan, silver paint electrodes were 
painted a
described in the Experimental Section.  

 Resistive-heating-based non-destructive 
analysis was performed to both samples. First of all, 
the sample resistance was measured, 
estimate the total voltage needed to heat the sample.  

 The resistance between the electrodes for 
the thin and thick laminate was of 250KOhm and 
8.7KOhm, respectively.  

 In order to analyze the laminates fabricated, 
an electrical current (600V, 0.02A) was applied to 
the thin laminate. By monitoring the
th  camera, we observed that the laminate took 
less than a minute to increase its temperature by 
∼5°C. Thermal images were taken every 30 seconds 
as in a conventional thermography inspection 
process. The infrared images revealed an 
inhomogeneous temperature distribution (Figure 6). 
However, this temperature distribution did not 
correspond with the defect pattern. The origin of this 
temperature gradients remains unclear, however, 
because of the number of defects detected in the 
laminate under c-scan and the inhomogeneous 
temperature distribution obtained on the sample, a 
deeper analysis using high-speed cameras 
synchronized with the power supply is needed.  
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 For the thick laminate, as the defects are not 

 
igure 7. Resistive-heating-based non-destructive 

ower 
f 42W

                                                                                   
bution 

 on the thermal camera. The 

  
Figure 9. Bottom surface of the ten-ply laminate “drilled 

 distribution of the upper 
 clear blue dots can be seen 

 
owever, defects up to 2mm in depth were not 
early 

placed symmetrically in the composite, the actual 
position of the thermal camera, which is imaging the 
non-drilled surface of the composites, is crucial 
(Figure 7).  
 
 

F
evaluation system. The defects drilled on the laminate are 
placed on the opposite side of the thermal camera. 
 

In order to heat the thick laminate, a p 
o  (600V, 0.07A) was applied. Because of the 
sample dimensions (300x300x6.6mm3), and physical 
characteristics of the sample (electrical resistance, 
thermal conductivity, etc.), it took several minutes to 
warm up the sample (Figure 8).  
 

Figure 8.  Ten-ply laminate (a). Temperature distri
of the sample heated using 42 Watts. The temperature 
distribution of the non-damaged region (top) has a 
different pattern than the damaged region (bottom) (b). 
The regions nearby the electrode reach temperatures as 
high as 80°C, with the highest temperature in the middle 
region of the electrodes. 

 Pictures were taken when temperature 
patterns were observed
heating process was repeated several times in order 
to get the clearest pattern. In the “non-damaged 
region” of the sample, the temperature pattern is 
symmetrical with respect to the middle of the 
sample. In the “Hole defect region”, small hot spots 
can be observed, corresponding to some of the 
drilled defects (Figure 9).  

defect region” (a). Temperature
rface of the sample. Somesu

on the thermography corresponding to the thinner flat 
defects of the laminate. Although the damaged area is just 
a few degrees over room temperature (blue region), the 
region nearby the electrode reach 80°C  (red region) (b). 
 
 Using this detection method, we have been 
able to detect even the smallest defects introduced.
H
cl appreciated. This might be due to the defect’s 
location (close to the electrode region) or the 
defect’s depth. It can also be noticed that the deepest 
defect drilled on the laminate are at higher 
temperature than the other ones, probably because of 
the thicker section of CNF/resin to be heated by 
Joule effect.  
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 Interestingly, we also observed that we 
could not distinguish the size of the different defects. 
This is probably caused by the thermal conduction 

region”. Although the 
pera

We demonstrate here that resistive-heating-
 be achieved using industrial scale 
s dispersed in a composite matrix. 

 in composites. We were able to detect 
ost of

 are used as a conductive media in 
e com

nerations of safer 

is partly funded by the 
uropean Commission under the 7th Framework 

A-2012-333924 (Marie Curie 
areer Integration Grant). The authors would like to 

tional and 
dvanced NDI for composite aircraft,” High-

 Composites, vol. 16, no. 4, pp. 72–75, 

R. Schüler, 

 2001. 

of the laminate, as previously reported in a study on 
the thermal conduction and the defect detection for 
lock-in thermography [20].  

 For the “Interlaminar defect region”, the 
temperature did not reach as high a temperature as 
the in the “non-damaged 
tem ture distribution in the “Interlaminar defect 
region” is different than one of the “Non-damaged 
regions”, it was not possible to detect interlaminar 
defect. This different temperature distribution can be 
due to the effects of the “Hole defect region”. 
 
 
4 Conclusions 
  
 
based NDE can
carbon nanofiber
For first time, medium scale laminates made of 
carbon nanofibers dispersed in the matrix have been 
evaluated by both c-scan and thermal resistive 
heating.  
 
 High-resolution damage detection has been 
demonstrated using the resistive heating NDE 
echniquet

m  the defects generated in the panel (Figure 1), 
despite the small size of some of them (4mm of 
diameter). However, the resistive-heating-based 
NDE technique demonstrated here is sensitive to the 
type of defect. Although it seems a reliable 
technique for deep and small diameter defects, 
defects of up to 2mm depth cannot be detect using 
carbon nanofibers mixed in the resin and a low-cost 
thermal camera.  
 
 The main limitation of this technique is the 
high voltage it requires to heat the sample when 
arbon nanofibersc

th posite matrix. Although the power needed is 
not particularly high (less than 50W for ∼0.6cm3), it 
still takes several minutes to heat the sample. In 
order to evaluate these technique and compare it 
with commercial non-destructive evaluation 
techniques such as c-scan, high voltage power 
supply synchronized with high acquisition thermal 
camera needs to be implemented. Numerical 
analysis will also show the real potential of these 
techniques. Interestingly, several studies have been 
conducted in this field using carbon fiber, but there 

no study used electrical conductive nano-
reinforcements [21], [22], [23].  
 Finally, commercial grade carbon nanofiber 
and non-resistive non-destructive evaluation can 
provide a new low-cost and effective inspection 
route for monitoring future ge
vehicles and infrastructure. 
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Abstract 

Fast grown applications of net shape composite 

demand a fundamental understanding of composite 

manufacturing process: a near-net shape fabric 

preform is formed by a weaving process; it is then 

processed into a composite part by resin transfer 

molding; extra edges are then removed to obtain a 

net shape composite component. A computer tool 

based on dynamic digital element approach is 

developed to simulate the corresponding fabric 

micro- and macro- geometries derived from those 

processes. Firstly, a 3-D woven near-net shape fabric 

preform is modeled, in which specific boundary 

conditions are applied and numerical results are 

verified with experimental results. Secondly, the 

subsequent molding process is simulated, in which 

mold surface, mold-fabric contact, and dynamic 

molding procedure are respectively addressed. At 

the end, macro- and micro- geometries of both the 

molded fabric and the net-shape component are 

observed.  

 

1 Introduction 

With the merits of inherent toughness, weight 

savings and reduced debulking, the 3-D woven 

fabric has greatly shown its potential in the 

composite industry. In composite manufacturing 

process, a fabric is firstly built by weaving the yarns 

together through specific patterns and then 

consolidated into a composite component, by resin, 

within a molding process. Composite manufacturing 

requires a computer tool to simulate the fabric 

micro- and macro- geometry determined by the 

textile weaving process and the subsequent 

deforming process. 

 

Research into the micro-geometry of uniform fabric 

derived from weaving process has yielded adoptable 

results by analyzing the fabric unit cell micro-

geometry at both the yarn-level [1][2] and the fiber-

level [3]-[5]. At the yarn-level analysis, yarn path is 

defined by weaving pattern and yarn cross-section is 

generally assumed to be regular shapes, e.g. ellipse 

or lenticile. At the fiber-level analysis, yarn shape is 

defined by the fiber arrangement within that yarn. 

Fabric is built by assembling the unit cells modeled 

at either the yarn-level or the fiber-level. However, 

non-uniform fabrics are often weaved for specific 

purposes. They do not contain unit cell and usually 

present complex fabric structure throughout the 

whole fabric. Then the fabric micro-geometry and 

macro- geometry have to be investigated based on 

the whole fabric itself. 

 

Fabric deformability is often studied after a fabric 

preform model is built. Researchers have had 

difficulties in modeling the fabric micro-geometry at 

a full scale, so they have adopted greatly simplified 

models. Current models in analyzing fabric 

deformability can be classified into two groups: 

geometric model and mechanical model. The 

geometric model describes the fabric using the pin-

jointed fishnet model and geometrically maps it to 

specific surfaces [6][7]. It is fast and efficient but 

ignores the mechanical phenomenon, such as 

wrinkling and slippage. The mechanical model takes 

into consideration the fabric mechanical properties 

and describes the fabric using finite element models. 

It is classified into two primary groups: continuous 

model and discrete model. In the former, fabric is 

treated as a continuum, modeled by finite shell 

elements [8][9]. In the latter, each yarn is modeled 

individually, either by spring elements [10] or shell 

elements [11]. Since the discrete model takes into 

account the yarn-to-yarn interaction, it is more 
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accurate than the continuous model. However, 

detailed yarn shape has still been neglected. 

Recently, Tavana et al. [12] used transversely 

isotropic elastic model to represent a yarn and 

defined yarn cross-section shape through 

experimental observation. 2-D woven fabrics were 

studied. This method has provided fairly good 

results of fabric deformation. Unfortunately, 

experimental investigation is not a robust way to 

obtain the initial yarn shape and fabric micro-

geometry and it is also time consuming. In addition, 

the regular yarn cross-section shape that has been 

assumed is not applicable to complex fabric 

geometries, most of which present variable cross-

section shapes along a yarn [13][14]. 

 

Those assumptions of a fabric in analyzing the fabric 

deformability have become progressively accurate, 

but still could not realistically reflect the mechanical 

behaviors during the fabric deforming process. As it 

is known that a fabric consists of a number of yarns 

and each yarn is a bundle of fibers, so the fabric 

macro- and micro- geometry and the relevant 

properties are ultimately determined by fiber 

arrangement in each yarn. Hence, describing a fabric 

at the fiber-level would be the most attractive choice 

with today’s computer power. 

 

The digital element approach (DEA), a fiber-level 

based method, has been successfully used to 

determine the micro-geometry of uniform fabric by 

accurately modeling fabric unit cell structure [15]-

[17]. This method represents a yarn by a number of 

fibers and each fiber as an assembly of rod elements 

connected by frictionless joints. Fiber movement is 

determined by the external and internal forces 

applied to the fabric. Fiber arrangement in each yarn 

reflects the fabric micro-geometry. The numerical 

procedure used in this method has gone through 

several stages, quasi-static [3][15], static [4], and the 

latest dynamic algorithm [5][16][17]. The simulation 

speed has been dramatically increased and the 

accuracy has been gracefully guaranteed. In this 

paper, a computer tool based on the dynamic digital 

element approach is developed to simulate the 

micro- and macro- geometry of the full field fabric 

preform and the deformed fabric. This opens a door 

to analyze a full field fabric at the fiber level. 

 

This paper is organized into three sections: 1) micro- 

and macro- geometry of 3-D woven near-net shape 

fabric; 2) simulation of the molding process; and 3) 

macro- and micro- geometry of molded fabric. In the 

first section, the dynamic algorithm is employed to 

simulate the near-net shape fabric with 

corresponding boundary conditions applied, and 

numerical results are validated with experimental 

investigation. In the second section, several key 

issues are studied: mesh of mold surface, nodal force 

calculation, and dynamic molding procedure. In the 

last section, macro- and micro- geometries of both 

the molded fabric and the net-shape component are 

investigated. 

 

2 Micro- and Macro- Geometry of 3-D Woven 

Near-net Shape Fabric 

For the uniform fabric that presents periodic feature, 

only the micro-geometry of its unit cell needs to be 

modeled, with periodic boundary conditions applied 

[5][17]. Fabric is then built by assembling the unit 

cells together. However, fabrics with complex 

patterns often need to be designed to meet specific 

requirements. The 3-D woven near-net shape fabric 

is one of those structures. At the macro-level, fabric 

presents a shape near to the final composite 

component. At the micro-level, yarn shape and yarn-

to-yarn interaction are described by fiber 

arrangements in each yarn. In order to accurately 

reflect the fabric geometry at both macro- and 

micro- levels, a full field relaxation process must be 

conducted based on the fiber-level analysis.  

 

2.1 Boundary Conditions 

A fabric is often woven as a single component from 

a dynamic weaving process [18]. In a typical 

weaving process, firstly the shuttle takes a weft yarn 

and moves across the weaving loom, then warp 

yarns move either upward or downward to interlace 

the weft yarns. Then a fabric with any specific 

pattern can be created. A schematic description of 

fabric structure is shown in Fig. 1, where weft ends 

are connected and warps interlace wefts in the 

orthogonal direction. 

 

In simulation of the 3-D woven near-net shape fabric, 

boundary conditions that respect the actual weaving 

boundary are applied, as seen in Fig. 2-a. Weft ends 

are connected correspondingly to form the global 

fibers. Those settings are also able to stop the warps 

lateral movements. 

 

ICCM19 1773



 

3  

SIMULATION OF FABRIC DEFORMATION UNDER MOLDING PROCESS 

    
 

Fig. 1  Schematic description of fabric structure 

 

During the relaxation process, fibers move towards 

the directions where the minimum potential energy 

can be reached. As seen in Fig. 2-b, warps ends are 

open and wefts tend to move laterally. Since fiber-

to-fiber frictions are not considered, those wefts may 

move out of the fabric domain. Thus, virtual 

boundary walls are set at both ends of the warps to 

block the wefts lateral movements. 

 

             

(a) Side view 

 

             

                                (b)  Front view 

Fig. 2  Boundary conditions 

 

2.2 3-D Woven Near-net Shape Fabric Preform 

In dynamic digital element approach, the primary 

procedures include [17]: establishing the fabric 

topology based on textile weaving pattern, applying 

the digital element mesh, setting up boundary 

conditions and conducting the dynamic relaxation 

process. Numerical simulation of the near-net shape 

fabric preform is shown in Fig. 3. 

 

The preform specimen is woven by Albany 

Engineered Composites, Inc.. Its length is 13.2 in 

and width is 3.6 in, it also presents various 

thicknesses. Various thicknesses are to save the 

material and reduce the debulking labor when the 

specimen is made to a composite part. Several 

typical locations are picked for thickness verification, 

as seen A, B, C, D, E in the picture. The comparison 

results are listed in Table 1. In experimental 

measurement, two different pressures are applied to 

the fabric, 32 oz and 10 oz. Thicknesses under the 

pressure of 32 oz are 10~15% smaller than those 

under the pressure of 10 oz. The latter are also 

5~10% smaller than the numerical thicknesses, 

which are obtained without any pressure applied. 

 

     
 

Fig. 3  3-D woven fabric preform 
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Table 1  Thickness comparison 

Location 
Numerical 

thickness (in) 

Experimental thickness 

(in, pressure 10 oz) 

Experimental thickness 

(in, pressure 32 oz) 

A 0.155 0.150 0.130 

B 0.173 0.160 0.140 

C 0.156 0.155 0.140 

D 0.169 0.157 0.140 

E 0.159 0.160 0.145 

 
 

In order to investigate the micro-structures, the 

preform specimen is consolidated by resin and then 

cut into several pieces, as seen in Fig. 4-a. Micro-

structures of cross-sections H-M and H-R of piece H 

are studied. Good agreements are reached between 

numerical simulation and experimental observation, 

as seen in Fig. 4-b and Fig. 4-c, respectively. 

 

    

(a) The whole sliced specimen 

 

   

   

(b) Cross-section H-R 

   

   

(c) Cross-section H-M 

Fig. 4  Micro-structure comparison 

 

3 Simulation of the Molding Process 

The near-net shape fabric is then processed to a net 

shape component through the molding process. 

Several key issues are addressed: mesh of the mold 

surface, nodal force calculation, and dynamic 

molding procedure.  

3.1 Mesh of Mold Surface 

The mold surface is shown in Fig. 5-a. It must be 

meshed in order to build contacts with fabric. To 

facilitate the contact establishment, a standard mesh 

is proposed. In the standard mesh, the mold surface 

is discretized into four-node elements, with each 

element having a square projection on the x-y plane 

and having an exact size, as seen in Fig. 5-b. The 

first picture and second picture show the 3-D view 

and top view of the mold mesh, respectively. The 

red curve marks the orginal mold surface and the 

green box marks the fabric preform domain. It is 

seen that mold surface has been extended. This is to 

completely cover the fabric preform so that the 

boundary irregularities are eliminated during the 

molding process simuation. 

 

         
(a) Mold surface 
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(b) Standard mesh (3-D view and top view) 

Fig. 5  Mold surface representation 

 

3.2 Nodal Force Calculation 

In digital element approach, forces existing during 

the molding process include: fiber tensile force, 

fiber-to-fiber contact force, damping force, fiber-to-

fiber friction force, and mold-to-fabric contact force. 

The first four forces have been presented in previous 

literatures [13]-[17]. In this paper, the mold-to-fabric 

contact force will be discussed. 

3.2.1Mold-to-Fabric Contact Force 

The mold-to-fabric contact force plays a major role 

in deforming the fabric. Contact elements are 

inserted between mold and fabric. In general, contact 

element length is set around the digital element 

length which is half of the fiber diameter. A shorter 

contact element length should be accompanied with 

larger contact element stiffness to create a 

reasonable contact force. But this setting has two 

disadvantages: establishing an exact contact element 

from each node on fabric to mold surface is 

inefficient; larger contact element stiffness may 

incur simulation instability. Thus, fairly long contact 

element length and relatively small contact element 

stiffness are adopted. This allows quicker mold 

movement with the simulation stability assured. 

Referring to Fig. 6-a, the mold surface has a low 

curvature and contact element is fairly long, hence 

contact element can be represented by the vertical 

distance between node i and the mold surface, l, 

rather than the exact distance l’. 

 

As mentioned earlier, each square element on x-y 

plane is a projection of the corresponding mold 

element. Referring to Fig. 6-b, for node i on the 

fabric, the square element it falls into can be quickly 

identified through its projection (point j’) on x-y 

plane, the element 1’-2’-3’-4’. Then the 

corresponding mold element can be easily located, 

the element 1-2-3-4. Node i contacts the mold 

element 1-2-3-4 at point j. The contact element 

length is then calculated by 

44332211     zNzNzNzNl   (1) 

where z1, z2, z3, z4 are the vertical distances between 

node i and four nodes of the mold element 1-2-3-4, 

respectively. N1, N2, N3, N4 are the shape functions 

that can be calculated on the x-y plane respectively 

by 
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(2) 

 

where a is the element length of 1’-2’-3’-4’, x and 

y are the distances between point j’ and the center 

of this square element (point o) on x-y plane. 

 

Mold-to-fabric contact force is then calculated as: 

Fm = kml (3) 

where km is mold-to-fabric contact element stiffness, 

and l is the contact element shortening at each 

simulation step. 

 

    

                                  (a) 2-D view 
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                                   (b) 3-D view 

Fig. 6  Mold-to-fabric contact 

 

3.3 Dynamic Molding Procedure 

The dynamic molding process is described in Fig. 7.  

 

Fig. 7-a describes the initial settings. Fabric is 

placed between two molds, while the top mold is 

fixed and the bottom one is free to move. Contact 

elements are set up according to the shortest distance 

between fabric and each mold. The shortest distance 

is also the defined contact distance l0. If the vertical 

distance from the node on fabric to mold surface is 

smaller than defined contact distance, a contact 

element is inserted.  

 

After the initial settings are set up, bottom mold 

moves upwards to deform the fabric. During each 

moving step, the distance from node on fabric to 

each mold is checked to determine whether a mold-

to-fabric contact element needs to be established. 

Fabric deforms accordingly. Bottom mold continues 

to move and more and more contact elements are 

added until the lengths of all contact elements are 

equal, as seen in Fig. 7-b. At this balanced position, 

fabric fully conforms to the mold shapes. 

 

Fig. 7-c shows a finished product. It is formed after 

removing both molds and the corresponding contact 

elements. Mold-to-fabric friction and resin effect are 

both neglected in the simulation of this molding 

process.  

 

               

(a) Initial settings 

 

                    

(b) Final balanced positions 

 

                 

(c) Finished product 

Fig. 7  Dynamic molding process 

 

4 Macro- and Micro- Geometry of Molded Fabric 

Fabric macro-geometry after molding process is 

shown in Fig. 8-a, where the red curve marks the 

original mold profile. Fabric has gracefully 

conformed to the extended mold shapes. It is then 

trimmed to a net shape fabric component that 

follows the original mold shapes, as seen in the Fig. 

8-b. The net shape fabric component is then sliced at 

section A-A. As shown in Fig. 8-c, this deformed 

fabric presents a various thickness at different 

locations. This design has greatly reduced the 

debulking labor and kept the inherent structural 

toughness to yield a net shape component in the 

manufacturing process. A local view of the sliced 

section A-A, section A’-A’, is shown in Fig. 8-d. 

Every digital yarn is represented by 14 digital fibers. 
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(a) Molded fabric (b) Net shape fabric component 

              

                         
 

                               
       

(d) Section view (A’ - A’) 

 

Fig. 8  Fabric macro- and micro- geometries 

 

 

 

Conclusion 

Researchers have had difficulties to accurately 

model a full scale fabric and simulate the fabric 

deformability, so they have employed great model 

simplifications. As fabric macro- and micro-

geometry and the relevant properties are ultimately 

determined by fiber arrangement in each yarn. 

Analyzing the fabric deformability at the fiber-level 

will be able to provide realistic mechanical 

behaviors.  

 

Dynamic digital element approach, a fiber-level 

based approach, has been employed to simulate the 

fabric unit cell micro-geometry. In this paper, it was 

used to explore the micro- and macro- geometry of 

the non-uniform fabric. The 3-D woven near-net 

shape fabric preform and the net shape fabric were 

both kindly simulated. The corresponding issues 

were respectively introduced. The potential of 

(c)  Section view (A - A) 
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dynamic digital element approach in simulating the 

large scale fabric and the corresponding fabric 

deformability was demonstrated. 
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1 Abstract  
A method of CAI prediction based on C-scan data is 
presented, in which impact-delaminated area is 
considered as a soft inclusion in the laminate. A 
prediction of CAI is presented through calculating 
the strength of the impacted laminate under 
compression as a consequence of stress 
concentration rather than delamination propagation, 
while the determination of delaminations in the 
impact damage zone is based on the C-scan data 
obtained experimentally.  The technique helps to 
avoid complicated modelling and challenging 
numerical convergence difficulties. 
 
2 Introduction 
It is well-known that laminated composites are 
susceptible to foreign object impact, usually 
classified as low-velocity impact, which could result 
in as much as 60% strength loss without obvious 
surface damage [1]. A significant number of 
compression after impact (CAI) tests have been 
conducted to determine the allowable design values. 
It is a common practice that impacted structures with 
the extent of damage below a threshold can be 
properly repaired as a compromise between safety 
and economy. A practical method of assessing the 
CAI strength is instrumental to assist the design and 
maintenance of such structures.  
The common view about damage mechanism of CAI 
is that the delaminated area buckles when the 
impacted laminate is subjected to in-plane 
compression, and sublaminates in this area have a 
tendency of relative movements which may result in 
rising stress levels around delamination crack tips. 
With the increasing compressive load, the 
delamination propagation can be triggered when the 
energy release rate (ERR) at the crack tip exceeds its 
threshold. The whole laminate could collapse 
because of unstable delamination propagation. [2-4]. 

To reflect the above mechanism, a conventional 
approach employed by many researchers is to 
simulate buckling and delamination propagation 
using FEM to predict the process as described above 
[2-8]. This approach however is only applicable for 
cases where there are few delaminations, such as 
artificially pre-inserted delaminations. It is 
impractical and even impossible to simulate all 
possible delaminations induced by impact as they 
could be present at all interlaminar interfaces of the 
laminate. Simulations of such problems using FEM 
often encounter significant convergence difficulties 
resulting from geometrical nonlinearity, structural 
instability and contact conditions. 
There is another view on the failure of CAI.  It can 
be considered as stress concentration in impact 
damaged laminate rather than unstable delamination 
propagation. This resembles the case of compression 
of a plate with an open-hole where stress 
concentration arises around the edge of the open-
hole. The difference between CAI and open-hole 
case is that impact damaged area can still sustain 
some stresses as a softened inclusion as opposed to 
an open-hole [9, 10]. 
To simulate the mechanism of a softened inclusion, 
a relatively simple method to predict the CAI is 
presented in this paper.  A reduced stiffness is 
assigned to the impact damaged area and the CAI 
failure is predicted as a consequence of in-plane 
compression failure due to stress concentration. This 
method avoids the high demands on the mesh 
generation and simulation of the complicated 
interlaminar interactions for the model and 
challenging numerical convergence difficulties. The 
key part of this approach is a proper way of 
determining the stiffness degradation of the impact 
damaged area, a generally applicable form of which 
is unfortunately still unavailable yet.  In the present 
paper, the stiffness degradation rule as introduced in 

RESIDUAL COMPRESSIVE STRENGTH ASSESSMENT OF 
IMPACTED LAMINATES BASED ON C-SCAN DATA 

 
Y. Yang1*, X. Sun2, S. Li1 

1 Faculty of Engineering, University of Nottingham, Nottingham NG7 2RD, UK 
2 Aircraft Strength Research Institute, Xi’an 710065, China 

* Corresponding author (emxyy2@nottingham.ac.uk) 
 

Keywords: impact, delamination, compression, CAI, C-scan 

ICCM19 1780



 2

[10] is adopted to facilitate the analysis while the 
emphasis of the present paper will be placed on the 
evaluation of the size of the impact damaged area 
and its implementation in an analysis of this kind. 
 
3 Methodology 
The CAI prediction method presented in this paper 
is inspired by the mechanism that the ultimate CAI 
strength is characterised as a sequence of failures at 
sublaminate level due to in-plane stress 
concentration. Such a process is relatively simple to 
model and computationally efficient. The novelty of 
this paper is the use of data obtained from 
nonconductive inspection (ultrasonic C-scan) for the 
description of the delamination distribution within 
the impact damaged laminate. The C-scan detected 
delamination data is imported into the model to 
facilitate the prediction of CAI failure.  
 
3.1 Delamination data from C-scan  
In this paper, specimens of 150mm × 100mm were 
used.  The dimensions are as recommended in the 
ASTM test standard [11]. The layup sequence is 
[45/0/-45/90]3S with nominal thickness 4.56mm. 
These specimens were divided into 5 groups 
according to the impact energy, 15J, 30J, 40J, 50J 
and 60J, respectively. It is well-known that 
delaminations distribute along the thickness 
direction with a “pine” shape.  If one point of 
delamination at an interlaminar interface shares the 
same in-plane coordinates with another delamination 
closer to the C-scan sensor, it will be “shaded” and 
its existence cannot be detected directly, resulting a 
blind zone as illustrated in Fig. 1(a). In order to 
detect delaminations as completely as possible, the 
specimens were scanned on both sides (Fig. 1(a) and 
(b)). Even so, the delaminations within the core may 
still not be detected because of the “shadow” 
projected from delaminations closer to the surfaces 
(Fig. 1(c)). However, according to the experience 
from impact simulation and de-ply experiments [12], 
it can be reasonably assumed that in the “shaded” 
area is fully delaminated (Fig. 1(d)). 
Based on the assumption and argument above, 
delamination configurations can be depicted, for 
example, at the section of specimen cut along the 
longitudinal central line in Fig. 1(d).  It can be seen 
that the delamination areas at different interlaminar 
interfaces can be different. It is therefore necessary 
to use a degradation coefficient for each delaminated 

lamina rather than a uniform one for all laminae in 
the delaminated area.  
 
3.2 Delamination distribution in FEM model 
In this paper, CAI is predicted by FE model in which 
shell elements are employed. Since simulation of 
delamination propagation is avoided in this method, 
only one shell element is involved in thickness 
direction representing the whole laminate. Although 
the delamination distribution is known through the 
methodology described in 3.1, a few steps are 
required in order to simulate the effect of damage 
due to these delaminations. 
When the specimen was scanned, a delaminated spot 
was recorded in pixels with its depth in the z-
direction also registered.  The pixels representing 
delaminations at the same depth in the z-direction 
form the first part of the delamination on, for 
example, kth interlaminar interface (Fig. 2(a)).  The 
other part of the delamination on the same 
interlaminar interface is obtained as follows. If first 
part of delamination as described above is obtained 
from scanning on the impact side (refer to Fig. 1(a)), 
the delaminations from 1st to (k-1)th interfaces are 
superimposed to form the second part of the 
delamination on the kth interface. Otherwise if it is 
obtained by scanning on the back side (Fig. 1(b)), 
the second part forms by superimpose the 
delaminations from the (k+1)th to the last 
interlaminar interfaces.  The delamination on the kth 
interface is obtained as the sum of the two parts as 
described above (Fig. 2(b)). However, the shape of 
delamination in Fig. 2(b) is usually not regular 
enough to be described by an analytical expression 
to allow straightforward buckling analysis for the 
evaluation of the degradation coefficient as will be 
addressed later. In this paper, the shape of 
delamination in each interlaminar surface is further 
approximated as an ellipse (Fig. 2(b)), which 
circumscribes the irregular delamination area as 
obtained previously with its long axis coincident 
with the fibre direction of the next lamina away from 
the impact side of the laminate in line with the 
tendency as observed in experiments. Mapping this 
elliptical delamination onto the FE mesh, it will be 
convenient for subsequent modelling that any 
partially delaminated element is considered as fully 
delaminated (Fig. 2(c)) and the stiffness degradation 
will be applied correspondingly for delaminated 
laminae. 
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Residual compressive strength assessment of impacted laminates based on C-Scan data 
 

 
(a) Scanned on the impacted side 

 
(b) Scanned on the back side 

 
 

 
(c) Unknown area as the intersection of (a) and (b) 

 
(d) Assumed delamination distribution 

 
 

 
Fig. 1  Schematic of delamination distribution at specimen’s section plane (material system: 
T700/BA9918, ply sequence: [45/0/-45/90]3S, impact energy: 60J)
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(a) Scanned delamination on kth interface (1st part) 

 

 
(b) Superimposed with the 2nd part and 

approximated as an ellipse 
 

 
(c) Delamination on the kth interface in the FE model 

 
Fig. 2  Illustrative schematic of introducing scanned 

delamination into FEA model 
 
The generalised stress-strain relationship for a shell 
element with delamination damage can be expressed 
as 
 

∑

∑
 (1) 

where dk is the degradation coefficient of kth laminar; 
N, M, the sectional membrane forces and moments 
respectively; Qk, the laminar stiffness matrix of the 
kth unidirectional ply in the global laminate 

coordinate system; zk, the thickness direction 
coordinate of the kth interlaminar interface; ε0 the 
membrane strains and K the curvatures.  
 
3.3 Definition the degradation coefficient 
The degradation coefficient dk is defined as 
 

⁄
                               (2) 

 
where Nk is the buckling load of the kth delaminated 
layer; tk the thickness of the kth delaminated layer; σ0 
the compression strength of undamaged laminate. 
 
3.4 Definition of Nk 
Nk is the buckling load of the kth sublaminate which 
is obtained through the following procedure. 
Assume that none of the delaminated laminar has 
buckled (Fig.3 (a)) at beginning. 
Step 1 
Carry out the buckling analysis for sublaminate 
Sub1

left (it consists of only the 1st layer from the 
surface on the left) and defined the buckling load as 
N1

left. Repeat the same process for sublaminate 
Sub1

right (it consists of all layers from 2nd to nth) and 
obtain the buckling load as N1

right (Fig.3 (b)).  The 
buckling analyses are based on the assumption that 
the sublaminates on both sides of the delamination 
of a shape identical to the delamination, i.e. ellipse, 
with their edges fully clamped.  The principles of the 
analyses will be presented later. 
Step 2 
Considering the procedure as presented in Step 1 as 
the analyses for delamination 1, repeat the same 
procedure as in Step 1 for the each of the subsequent 
delaminations.  A series of buckling loads (N1

left, 
N1

right;… Nk
left, Nk

right;… Nn
left, Nn

right) are obtained. 
Find the minimum of them and identify the 
sublaminate it is associated with. This sublaminate 
buckles as the load to the laminate increases to this 
level (Fig.3 (c)). 
Step 3 
Treat the remaining unbuckled sublaminates (Fig.3 
(d)) in the same way as the laminate in Step 1 and 2, 
another buckling load can be obtained with another 
sublaminate buckled. Eventually every sublaminate 
will be associated with a buckling load.  The 
buckling load obtained for the sublaminate will be 
used to evaluate the stiffness degradation coefficient 
as introduced in (2) for this sublaminate. 
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Residual compressive strength assessment of impacted laminates based on C-Scan data 
 

(a) 

(b) 

(c) 

(d) 
Fig. 3  Illustrative schematic on of N definition (side 

view of the delaminated plate) 

3.5 Calculation of Nk 
The algorithm in this paper is adopted from [13]. In 
order to calculate the buckling load of elliptical 
delaminated sublaminate whose long axis lies at an 
angle of θ from global X axis, the deflection function 
is assumed in its local (material) coordinates x and y 
as 
 

, 1

 (3) 
where a, b are the long and short half axes 
respectively. The total potential energy of the 
delaminated sublaminate is 
                         

2 2

⁄
⁄

  

    (4) 
where D is the bending stiffness matrix of the 
sublaminate according to the classical laminate 
theory; N1, N2, N12, the membrane forces in the 
sublaminate in its local coordinate system. Since 
membrane strains in the delaminated sublaminate in 
its material coordinates can be expressed as 
 

 

cos sin 2 sin cos
sin cos 2 sin cos

sin cos sin cos cos sin
 

                (5) 
where aij are the compliance of the delaminated 
sublaminate in its material coordinates, under 
uniaxial compression,  
 

0                           (6) 
 
membrane strains in the delaminated sublaminate in 
its material coordinates can be given as 
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                      (7) 

where 
cos sin sin cos
cos sin sin cos
cos sin sin cos

  

(8) 
Thus  

    (9) 

 
where 

           (10) 

 
Substituting Eq. (9) into Eq. (4), the variational 
principle leads to an eigenvalue problem 
 

X 0                (11) 
where [K] and [Kg] are the stiffness and geometric 
stiffness matrices, respectively. {C} is a vector 
containing constants in Eq. (3) to be determined. 
The lowest eigenvalue for NX gives the critical load 
for the sublaminate under consideration. 
 
3.6 Evaluation of CAI 
When the FEA model of the laminate with degraded 
stiffness in the delaminated area is created, the CAI 
strength can be predicted as the highest compressive 
load applied to the laminate. In this paper, Hashin’s 
criterion [14] is employed for the in-plane failure. 
Some of the results obtained are presented in Fig. 4 
and 5, which seem to provide a reasonable 
approximation to the test data.  As a result, it is 
expected that the present approach provides a 
pragmatic solution to CAI strength prediction and is 
capable of obtaining relatively accurate evaluations 
of the CAI strength in an efficient way. As an 
illustration, an example of such as problem has been 
analysed.  The mesh involves about 1600 nodes and 
yet it only took about 5 minutes to run on a PC. 
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Residual compressive strength assessment of impacted laminates based on C-Scan data 
 

 
Fig. 4  Comparison of calculation and test result 

(T700/BA9918, [45/0/-45/90]3S) 
 

 
Fig. 5  Comparison of calculation and test result 

(T700/QY9611, [45/0/-45/90]5S) 
 
4 Conclusions 
In this paper, a relatively simple method of CAI 
strength prediction is presented, in which the 
delaminated area due to impact is considered as a 
softened material included in the laminate. Such 
assumption leads to the benefit of relatively simple 
model construction, and it also helps to avoid 
significant convergence difficulties due to 
geometrical nonlinearity, structural instability and 
contact conditions. 
In addition, the delaminations are obtained from C-
scan data over the impacted area, that are introduced 
into the model directly. This can be really useful for 
airplane in-field inspections. Traditionally, the main 
approach of in-field inspection is by “walk around” 
to examine dent depth on the airplane’s outer surface 
caused by external object impact [15]. It is risky to 
judge the loading capability of the structure mainly 
by the surface appearance, because the impact 
damage associated with relatively insignificant 
surface dents may aggravate with time while 
material properties decay locally under the 
combined effects of fatigue and aging. Nowadays, a 

portable C-scan device is readily available.  A 
residual-strength-predicting system can be 
developed working together with this portable C-
scan device in field to improve the maintenance 
efficiency and flight safety. In such a system, 
importing real damage data into predicting model is 
one of the critical steps.  
The present method is limited to CAI strength 
prediction of laminated panels rather than the the 
actual failure mechanism. Nevertheless, this method 
complies with the test standard [11] which has been 
widely accepted to be used to determine the 
allowable values, it should have its own value 
practically. 
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1 Introduction  
In this study, an advanced design of the segmented 
linear TEG is proposed for the integration into a 
combustion engine system in unmanned aerial 
vehicles (UAV) with two innovative integration 
designs: (a) T-shaped electrode based on a 
composite of Copper (Cu) and Aluminum nitride 
(AlN), and (b) self-jointing by shrink-fit behavior of 
shape memory alloy (SMA). As the high 
temperature TE segments, bulk Mg2Si of n-type and 
higher manganese silicide (HMS, MnSi2-x, x=0.250-
0.273) of p-type are used since they are light-weight, 
non-toxic and cost-effective TE compounds working 
at high temperature range. In the following, we will 
discuss linear-shaped TEG design and also its 
performance as compared with π-shaped TE module. 
  

 

2 Linear TE module design 

Normally electrodes in the linear TE design [1] were 
made by bulky T-shaped metals of Cu or stainless 
steel, where lower vertical block was only 
incorporated to pass electric current in a horizontal 
direction while the top horizontal portion of the T-
shaped electrode played a role of absorbing heat 
energy from a heat source. The new concept of a T-
shaped composite electrode is to replace the top 
metal block with AlN ceramic material which 
transfers heat from a heat source effectively to lower 
Cu block, and also prevents a short circuit between 
adjacent n-p pairs for AlN is thermally conductor, 
but insulator. Fig. 1 shows the prototype linear TE 
module we designed and assembled. 

 

 

 

 

 

 

Fig. 1 Prototype linear TE module composed of p1-
p2 and n1-n2 legs, which is submitted to high 
temperature (TH) and cold temperature (Tc) through 
T-shape electrode made of AlN and Cu. 

 

3. Experimental results 

The measured TE generator (TEG) performance data 
are shown in Fig. 2 where the voltage and power of 
the linear TEG are plotted as a function of current, in 
Fig. 3 where specific power density and maximum 
power output are plotted as a function of 
temperature difference, ∆T= TH-TC.  In both figures, 
the agreement between the experiment and 
predictions by the analytical model are good.  

 

 

 

 

 

Integration of linear thermoelectric modules composed of low and intermediate 
temperature p- and n-type metallic semiconductors into combustion chamber walls 

 
M. Taya1, H.S.Kim1, T. Ito2 and T. Iida3 
1 Department of Mechanical Engineering, University of Washington, WA 98195 
2 Ecotopia Science Institute, Nagoya University, Nagoya, Japan 
3 Department of Materials Science and Technology, Tokyo University of Science, Chiba, Japan 

 
Key words: Linear TE module, Mg2Si, MnSi, higher specific TE power, integration with Fe-

SMA shrink-fit-joining 

ICCM19 1788



 

 

 

 
 
Fig. 2 Voltage and curent of the linear TE generator 
(TEG) , experiment and analytical predictions which 
agree well to each other. 
 
 
 

 
 
 
Fig. 3 Specific power density and maximum power 
output as a function of temperature difference, ∆T= 
TH-TC which are compared with the predictions by 
analytical model, resulting in a good agreement. 
 

4. Integration of the linear TEG into combustion 
chamber wall made of Fe-SMA 

The high temperature side T-electrode is integrated 
into the combustion chamber made of Fe-based 
shape memory alloy (Fe-SMA) for which we ran 
FEM analysis. It is found by the FEM analysis, Fig. 

4 that the maximum shear stress of 439 MPa 
occurred at the interface of Fe-SMA and AlN part, 
which is much lower than that of linear TEG using 
bulk Cu electrode, and reduced by 42% compared 
with π-shaped TEG. More advanced linear TEG by 
using shrink-fit method gives rise to 47% and 
9%reduced shear stress compared with π-shaped 
TEG and linear TEG without shrink-fitting, 
respectively. 
 
 
 

 
 
 
Fig. 4 FEM model for the linear TEG integrated to 
the combustion chamber made of Fe-SMA. 
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Abstract 

 
This paper presents results of an experimental 

investigation on reinforced concrete (RC) T-beams 

retrofitted in shear with prefabricated L-shaped 

carbon fibre-reinforced polymer (CFRP) plates. 
Shear-strengthening of RC beams with L-shaped 

fibre-reinforced polymer (FRP) plates proved to be 

an effective method. In this method, holes are drilled 
throughout the beam’s flange to fully embed the 

vertical (perpendicular to the longitudinal axis of the 

RC beam and in the RC beam’s web surface) leg of 
the L-shaped CFRP plate (Fig. 1). However, in some 

cases drilling holes in the concrete flange might not 

be applicable due to presence of obstacles such as 

longitudinal steel in the flange of the RC beams. 
Therefore, in this study, the effect of the embedment 

length of the L-shaped FRP plates in the RC beam’s 

flange to the behaviour of the shear-strengthened RC 
beams with L-shaped plates is investigated. 

  

In total, 6 tests were performed on 2100 mm-long T-

beams. Three specimens were strengthened in shear 
using epoxy bonded L-shaped CFRP plates with 

different embedment lengths of the plates in the RC  

 

 

 
beam’s flange. One specimen was shear-

strengthened with fully-embedded CFRP plates in  

 

 

 
 

Fig. 1. Reinforced-concrete beam strengthened 

in shear using epoxy-bonded CFRP L-

shaped plates. 
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the concrete beams’ flange. One specimen was 

strengthened with partial embedment of the L-

shaped CFRP plate. This specimen is representative 
of the case that full penetration of the CFRP plate is 

not feasible due to the presence of an obstacle. In 

this specimen the embedment length was set equal to 
25 mm to simulate the minimum concrete cover 

thickness in RC beams. One specimen was shear-

strengthened with L-shaped plates CFRP with no 

embedment of the CFRP plate in the concrete beams’ 
flange. 

 

For all the specimens strengthened with CFRP L-
shaped plates, a set of two L-shaped CFRP plates 

formed a U-shaped configuration in one cross-

section of the strengthened RC beams. One leg of 
the two L-shaped plates was overlapped and bonded 

to the soffit of the beams (Fig. 2). The vertical 

ending of the L-shaped CFRP plate was epoxy 

bonded to the hole in the RC beam’s flange. In 
addition, the performance of the strengthened beams 

with L-shaped CFRP plate was compared with 

similar specimen strengthened with externally-
bonded FRP sheets.  

 

 
 

Fig. 2. The overlapped and bonded leg of the L-

shaped plates to the soffit of the RC 

beams. 
 

Overall, the efficiency of the strengthening method 
used to retrofit the test specimens was investigated. 

The experimental shear resistance of each specimen 

due to FRP divided by the ultimate tensile capacity 

per unit length of the FRP was calculated to evaluate 

the efficiency factor of all the strengthened 

specimens. 

An analytical model was proposed considering 
different failure modes of RC beams strengthened 

with L-shaped CFRP plates such as: FRP pull-out, 

concrete break-out in the flange, FRP plate 
debonding and FRP lap-splice failure at the soffit of 

the beam. The proposed analytical model showed 

reasonable correlation with the experimental results. 

The results of this study revealed that RC beams 
retrofitted with fully-embedded L-shaped FRP plates 

was the most effective method amongst other 

strengthening methods in this study. Moreover, 
partial embedment of the L-shaped CFRP plates was 

the most effective alternative to the full embedment 

of the L-shaped CFRP plates when full embedment 
of L-shaped plates is not feasible. In addition, RC 

beams strengthened with partially-embedded L-

shaped plates showed a superior behaviour 

compared to those strengthened with externally 
bonded CFRP plates and sheets. 
 

1 Introduction 

Prefabricated L-shaped FRP plates present a 

potential to EB FRP sheet, Near-surface 

mounted (NSM) FRP rod and Embedded 

through-section (ETS) FRP rod for shear 

strengthening of Reinforced Concrete (RC) 

beams. Meier (1998) conducted a series of pull-

out tests on L-shaped Carbon-FRP (CFRP) 

plates bonded to concrete blocks. In addition, a 

series of tests on Adhesively Post-installed 

Embedded (APE) CFRP plates bonded to 

concrete blocks were also implemented by 

Meier (1998). Czaderski (1998) investigated the 

effectiveness of the L-shaped CFRP plates in 

shear-strengthening of RC beams. The test 

matrix of his investigation study included three 

RC beams with different concrete cross-

sectional properties and loading configurations. 

In 2002, an experimental investigation was 

conducted at EMPA (Eidgenössische 

Materialprüfungs und Forschungsanstalt) 

laboratories on retrofitting RC beams with L-

shaped CFRP plates as follows: (i) Two shear-

strengthened specimens using L-shaped CFRP 

plates with different internal transverse steel 
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ratio were tested under static load; (ii) one test 

was implemented on a pre-cracked RC beam 

strengthened in shear using L-shaped FRP 

plates, and finally (iii) one strengthened 

specimen was tested under cyclic loads. The 

results of this experimental investigation were 

published in EMPA Report No. 116/7 (2002). 

Later, Czaderski and Motavalli (2004) focused 

on the fatigue behavior of RC beams 

strengthened with L-shaped CFRP plates using 

the results of their tests in EMPA (2002). Chen 

and Robertson (2004) tested a pre-cracked pre-

stressed concrete T-beam retrofitted in shear 

using L-shaped CFRP plates. Later, Robertson 

et al. (2007) conducted a cyclic loading test on 

an AASHTO type RC beam strengthened with 

L-shaped CFRP plates. 

 

Clearly, there are very few tests worldwide 

performed on RC beams strengthened in shear 

with L-shaped FRP plates and the need for more 

related data is clearly demonstrated. Of all the 

tests implemented on retrofitted RC beams with 

L-shaped plates few were tested under static 

load and none considered partial embedment of 

RC beams in the flange in case of presence of 

an obstacle that inhibit full penetration into the 

flange. 

 

2 Experimental Investigation 

The RC beams were tested in three-point load 

flexure. Overall, the experimental program 

(Table 1) involved 6 tests performed on half-

scale RC T-beams. The control specimen, not 

strengthened with Carbon FRP (CFRP), was 

labeled CON, whereas the specimens retrofitted 

with L-shaped CFRP plates were labeled LS. 

The single specimen strengthened with a layer 

of EB CFRP sheet was labeled EB. In the 

specimens strengthened with the L-shaped 

CFRP plates the depth of plates embedment into 

the RC beams flange was denominated as 

follows: the beam strengthened with CFRP L-

shaped plates with no embedment was labeled 

NE; the specimen strengthened with CFRP L-

shaped plates with partial embedment (25 mm 

embedment) of the CFRP plates into the RC 

beam’s flange was labeled PE and the beam 

strengthened with fully embedded (102 mm 

embedment) CFRP L-shaped plates into the 

beam’s flange was labeled FE.  

All the beams tested in this study were labeled 

S1, except the beam S0-CON which had no 

transverse steel reinforcement. Series S1 

correspond to specimens with internal 

transverse steel stirrups spaced at s = d/2, where 

d = 350 mm and represents the effective depth 

of the cross-section of the beam (Fig. 3). Thus, 

for example, specimen S1-LS-PE features the 

beam with internal steel stirrups spaced at s = 

d/2, which was retrofitted with the L-shaped 

plates that were embedded one inch into the RC 

beam’s flange. The labels used for each beam 

are provided in Table 1. 

 

2.1 Specimens 

The cross-section of the specimens and 

dimensions are presented in Fig. 3. The tested 

specimens consisted of a T-beam with a web 

width of 152 mm and a flange depth of 102 mm. 

The RC beams had an overall length of 2500 

mm and span of 2100 mm. The load was 

applied to the mid-span of the RC beam. The 

longitudinal steel reinforcement at the bottom of 

the RC beam was laid in two layers of four 25M 

bars (diameter of 25.2 mm, area of 500 mm
2
). 

At the top of the cross-section, the longitudinal 

steel reinforcement consisted of six 10M bars 

laid in one layer (diameter of 10.3 mm, area of 

100 mm
2
). The transverse steel reinforcement 

was 8 mm in diameter (area of 50 mm
2
). The 

spacing between the steel stirrups was equal to 

175 mm (d/2) for all the specimens with internal 

transverse steel (see Fig. 3). The specimens had 

chamfered outer corners at the sides of the soffit 

of the beam to match the curved shaped of 

corner of the CFRP L-shaped plates (Fig. 2). 

The strengthening L-shaped FRP plates were 

epoxy-bonded mid-way between the steel 

stirrup locations.  

ICCM19 1792



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

 

4 

 

Fig. 3. Details of RC beams: (a) elevation; (b) cross section. 

The internal longitudinal and transverse steel 

had nominal yielding strengths of 540 and 650 

MPa, respectively. A commercially available 

concrete was delivered to the laboratory by a 

local supplier. The average concrete strength of 

152 mm diameter by 305 mm concrete cylinders 

at 28 days was 29.6 MPa, whereas it was 33.7 

MPa during the RC beam tests. The scatter 

between the results of compression tests of the 

cylinder specimens 28
th

 days after pouring of 

concrete or on the test day was negligible. 

 

The CFRP L-shaped plates used for 

strengthening of RC beams were unidirectional. 

The L-shaped plates originally consisted of 500 

mm × 200 mm legs. However, the legs of the 

plates had to be shortened to properly fit the 

corresponding strengthening configuration of 

each strengthened specimen, including the 

embedment lengths. The L-shaped plates were 

40 mm wide and 2 mm thick. The modulus of 

elasticity of the plates was equal to 90 GPa 

according to the manufacturer datasheet. The 

ultimate tensile strength and the ultimate strain 

of the L-shaped plates were set equal to 1350 

MPa and 1.3%, respectively. The L-shaped 

plates were epoxy-bonded to the test zone in a 

U-shape envelope around the web, i.e., the short 

legs of two L-shaped plates at one cross-section 

overlapped on the soffit of the specimens. The 

L-shaped CFRP plates were bonded to the beam 

surface with a two-component adhesive made of 

a resin and a hardener, both of which are mainly 

engineered for structural applications and 

supplied by the manufacturer. The epoxy’s 

mechanical properties, as specified by the 

manufacturer, were: 24.8 MPa bond strength, 

1% elongation at break and 4.5 GPa tensile 

modulus of elasticity. The CFRP sheet used for 

the specimen strengthened with EB FRP sheet 

was a unidirectional carbon fiber fabric. It was 

applied continuously over the test zone in a U-

shape envelope around the web. The continuous 

composite material was selected as it can be an 

appropriate bench mark to evaluate the 

effectiveness of the L-shaped FRP plates in 

shear strengthening of RC beams. The 

mechanical properties of the CFRP sheet 

according to the manufacturer datasheet were as 

follows: 3450 MPa tensile strength, 230 GPa 

tensile E-modulus, 1.5% elongation at break, 

1.8 g/cm
3
 density and 230 g/m

2
 area weight. 

The CFRP fabric was bonded to the beam 

surface with a two component epoxy paste made 

of a resin and a hardener. The mechanical 

properties of the epoxy paste as specified by the 

manufacturer were as follows: 30 MPa tensile 

strength, 1.5% elongation at break and 3.8 GPa 

flexural modulus of elasticity. 
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   Table 1. Experimental results 

Specimen Load at 
rupture 

 

 
kN 

Total shear 
resistance 

 

 
kN 

 

 

Resistance 
due to 

concrete  

kN 

Resistance 
due to  
steel  

kN 

Resistance 
due to 
CFRP    

kN 

Gain 
due to 
CFRP 

% 

Deflection 
at load 
point    

 
mm 

Failure 
mode 

S0-CON 162.4 81.2 81.2 0.0 0.0 0 2.6 Shear 

S1-CON 432.4 216.2 81.2 135.0 0.0 0 11.9 Shear 

S1-LS-NE 550.7 275.4 81.2 135.0 59.2 27 19.8 Shear 

S1-LS-PE 600.5 300.3 81.2 135.0 84.1 39 19.2 Shear 

S1-LS-FE 671.4 335.7 81.2 135.0 119.5 55 42.9 Flexure 

S1-EB-NA 587.9 294.0 81.2 135.0 77.8 36 21.3 Shear 

 

 

3. Presentation of Results 

 

The experimental results obtained from the tests 

for all the test specimens are summarized in 

Table 1. The results are presented in terms of 

the loads attained at failure; the experimental 

shear resistance due to concrete, due to the 

transverse steel, and due to the CFRP; as well as 

the shear capacity gain (gain = Vf / (Vc+Vs) due 

to the CFRP. The results reveal that the shear 

capacity gain due to the CFRP for the specimen 

strengthened with fully-embedded L-shaped 

plates is 55%, compared to 39%, 36% and 27% 

for the corresponding specimens strengthened 

with partially-embedded L-shaped plates, EB 

sheet and L-shaped plates with no embedment 

respectively. 

 

This clearly confirms the effectiveness of all the 

strengthening method used in this research 

study especially the shear strengthening method 

of RC beams with L-shaped CFRP plates with 

full or partial embedment (specimens S1-LS-FE 

and S1-LS-PE). 

Table 1 reveals that the beams strengthened 

using fully-embedded CFRP L-shaped plates 

(S1-LS-FE) and partially-embedded CFRP L-

shaped plates (S1-LS-PE) reached the highest 

shear resistance due to FRP strengthening 

compared to other two strengthened specimens 

(S1-LS-NE and S1-EB-NA). Specimens S1-LS-

FE and S1-LS-PE reached 119.5 kN and 84.1 

kN shear resistance due to FRP, respectively. 

Whereas, Specimens S1-LS-NE and S1-EB-NA 

reached 59.2 kN and 77.8 kN shear resistance 

due to FRP, correspondingly. 

 

It should be noted that the shear contribution of 

the concrete (Vc) and the steel (Vs) are calculated 

based on the results achieved from the control 

test specimens, i.e., S0-CON and S1-CON. 

Some of the values provided in Table 1 are 

calculated based on the following assumptions 

implicitly admitted in the design guidelines: a) 

the shear resistance due to concrete is the same 

whether the beam is reinforced with transverse 

steel reinforcement or not and whether the beam 

is strengthened with CFRP or not; and b) the 

shear resistance due to steel is the same whether 

the beam is strengthened with CFRP or not. 

4. Conclusions 

Prefabricated L-shaped CFRP plates can 

significantly enhance the shear capacity of RC 

beams. In this study, the average increase in 

shear capacity reached 40% for the beam 

retrofitted with epoxy-bonded L-shaped CFRP 

plates. Within the experimental scope of this 
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research study, the following conclusions can be 

drawn: 

 The effective application of partially 

embedded L-shaped CFRP plates to 

shear-strengthen RC beams was verified 

based on experimental investigations.  

 Among the tested specimens, partial 

embedment of the L-shaped CFRP plates 

was the most effective alternative to the 

full embedment of the L-shaped CFRP 

plates when full embedment of L-shaped 

plates is not feasible. 

 Specimens strengthened with partially 

and fully embedded L-shaped FRP 

plates (S1-LS-PE and S1-LS-FE) 

reached the highest gain in shear 

resistance due to FRP strengthening and 

outperformed the other strengthened 

specimens with no embedment or 

anchorage (S1-LS-NE and S1-LS-NA). 
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1 Introduction  

Thick-section composites are commonly used in 

fixed-wing and rotary-wing fatigue-critical, flight-

critical components and structure. Manufacturing 

imperfections in thick composite structures, such as 

fiber waviness and porosity/voids, remain a serious 

problem that leads to significant component scrap 

rates in production. Such defects usually result in 

degraded strength and fatigue performance [1]. 

Accurate assessment of composite part capability 

and useful life should be based on advanced 

structural analysis methods that account for 

manufacturing defects. 

The main objective of this work is to determine the 

feasibility of fiber waviness detection by X-Ray 

Computed Micro-Tomography (CT) and using it in 

mesh generation for structural analysis of composite 

specimens with ply waviness. Accurate 

measurements of fiber waviness are essential to 

establish the part structural condition. Such 

measurements must also be converted to finite 

element (FE) models for assessment of the effects of 

defects [2].  

Due to advances in computer hardware and 3D 

reconstruction software Computed Tomography has 

become a practical tool for non-destructive 

evaluation of composite structures. The potential of 

the technique in reconstruction of the fibers in 

composite materials was established in [3]. The 

authors of this work have recently investigated the 

feasibility of using CT imaging for detection of 

waviness and porosity in thick composite structures 

used in helicopter applications [4].  

Numerical analysis methods are essential for the 

assessment of strength reduction of unidirectional 

composites and laminates with ply waviness defects. 

FE analysis of waviness defects using meshes 

obtained from cross-sectional micrographs was 

presented in [2]; and the authors of this work used 

FE analysis of meshes generated from surface 

photographs and mixed-mode failure criteria to 

predict tensile failure of wavy laminates [5]. 

Unique features of presented methodology include 

combination of accurate qualification of an 

individual part condition, and structural modeling 

and analysis based on the nondestructive sub-surface 

measurements of the part features such as 

manufacturing defects. The methodology includes 

the ability to detect and measure the defects in three 

dimensions and the automated interpretation of the 

defect measurement; and the structural methods able 

to utilize the results of NDE in a failure prognosis 

that captures multiple failure modes in a composite 

structure.  

An automatic algorithm of mesh generation is 

presented for the objective scan interpretation. The 

contrast between material phases in unidirectional 

composites (especially carbon/epoxy composites) 

found in typical CT images is such that fiber 

orientations cannot be detected everywhere. This 

work proposes a computational procedure for 

automated generation of quadrilateral finite element 

mesh based on CT scan images of composite 

specimens. The procedure’s performance is 

demonstrated by the two- and three-dimensional 

finite element meshes generated by the detection 

algorithm for composite specimens of different 

geometry and size of waviness defects. 
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2 Techniques for Waviness Detection 

This section describes the CT techniques of non-

destructive evaluation with the emphasis on 

waviness detection. The X-ray tube produces a beam 

of high-energy photons that penetrate the specimen, 

and the detector panel records the attenuation of the 

beam in the digital radiograph image. The specimen 

is placed on a rotational table and 2D radiographs 

are acquired for the 360 degree-rotation. Scans 

accomplished in this work captured 4 digital images, 

10 megapixel in size, per one angular degree 

resulting in 1440 images total. The reconstruction 

software generates three-dimensional volumetric 

data from the 2D images that can be inspected in the 

volume-based viewer. This work utilized X5000 

industrial CT system with 225 KV micro-focus X-

ray tube and Varian 4030E series flat panel detector 

manufactured by North Star Imaging; and its efX-

CT software was used for reconstruction. 

Recent advances in computer hardware reduced 

processing required for reconstruction to only a few 

minutes. Typical inspection of volumetric data 

consists of slicing the volume in the directions that 

identify the sub-surface features of interest. Images 

of the volume sections can be used for automatic 

feature analysis and mesh generation as shown in the 

following sections. However, detection of fiber 

waviness is a challenging task due to lack of data 

quality in the slice images. 

The analysis method presented in this work uses the 

slice images that represent virtual sections parallel to 

the nominal fiber direction. These sections typically 

show contrast variations between the areas of 

different fiber content that allow visual identification 

of fiber bundles. Fiber bundles are seen as smooth 

curves with relatively small thickness and curvature 

that varies throughout the specimen (see Fig. 1). The 

scanning technique optimized for fiber waviness 

detection needs to maximize the contrast between 

very similar material densities in the specimen. The 

scan images should also have enough resolution and 

focus to discern the variations at less than 50 

micron-scale. 

 

Fig. 1. Example of a cross-sectional slice from the 

CT scan of a curved-beam composite specimen. 

The following techniques can be employed to 

increase contrast-to-noise ratio in the images 

produced by CT: 

1. Increasing the X-ray tube target current; 

2. Averaging over group of pixels (i.e. bucketing); 

3. Averaging more frames per each CT scan 

rotation angle. 

Increase in X-ray tube current is limited by de-

focusing of the tube that is proportional to the 

electron-beam generating power – a product of the 

voltage and current. To obtain necessary resolution, 

focus and minimize noise in the CT scan images, the 

following techniques must be utilized, respectively: 

1. Pixel resolution of the scan should not 

exceed10-20 microns. The detector used in this 

work had a pixel pitch of 127 micron, which 

required geometric magnification of at least 6X. 

2. Minimum X-ray tube voltage necessary for the 

adequate penetration of the specimen (lack of 

penetration results in increased noise) should be 

used to keep tube focus below 10 microns. 

3. Using tube filter (which hardens the beam and 

typically recommended for reducing photon 

scattering noise and reconstruction artifacts) is 

discouraged for waviness detection as it requires 

increasing tube voltage to values that lead to de-

focusing. 

Finding scan parameters that lead to optimal 

waviness detection requires careful balancing of the 

parameters above. 
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3 Mesh Generation for Waviness Analysis 

3.1 Summary of Mesh Generation Algorithm 

We assume that fiber bundles follow the smooth 

curves which are not too far from straight lines and 

that they have a predominant orientation such as 

hoop direction in Fig. 1. Major problem in creating 

the finite element mesh is due to fiber curves being 

not visible and discoverable enough in all regions of 

a CT scan section image.  

The structural analysis that uses generated meshes 

requires that element edges in finite element mesh 

follow the local orientation of the fibers. The 

proposed algorithm of mesh generation from a CT 

scan section image consists of the following steps. 

1. Determine the analysis domain in each cross-

sectional slice of the specimen by automatic 

shape detection, subdivide the analysis area in 

superelements with curved edges and map the 

domain to a rectangular image. 

2. Detect reliable fiber curve fragments using an 

edge detection technique, filter and approximate 

them as splines and compute the fiber slopes. 

3. Create a discrete field of fiber slopes at the 

rectangular grid by interpolating the slope 

values. Perform smoothing of the slope field at 

rectangular grid using mesh denoising method. 

4. Create nodes of the finite element mesh by 

integration of two ordinary differential equations 

for the slopes in two orthogonal directions. 

The algorithm of mesh generation is implemented in 

Python programming language. Edge detection in 

CT scan images uses algorithms available in the 

literature as referred in section 3.3. Smoothing of 

fiber slope field is done with external software 

available from the authors of the mesh denoising 

method, see section 3.4. The following sections 

present selected algorithm steps and aspects of their 

computational implementation. 

3.2 Mapping of the Analysis Domain 

Composite specimens are not limited to rectangular 

shapes; however, their shapes have simple topology. 

Since image processing operations can be 

conveniently done on rectangular images, we 

propose to perform parametric mapping of a non-

rectangular image domain onto a rectangular image. 

The first step is to appropriately define a non-

rectangular domain used for mapping on the source 

images. Since CT scans often include more than a 

thousand slices, an automatic method is required. 

The second step is selection of a transform that 

aligns the fibers in the slice with the principal axis in 

the rectangular image. 

An algorithm to detect specimen shape in a slice is 

presented below. 

1. Apply binary threshold transformation. We 

recommend selecting threshold at an average of 

the air and material gray values in each CT scan. 

2. Apply sequence of binary opening and closing 

transforms to remove cracks, voids and surface 

artifacts from the binary image of the slice. 

Typically it is sufficient to apply one binary 

closing transform with Cx iterations where Cx is 

the size of the largest void in pixels. When other 

unwanted features are present (such as fixturing 

tape on the surface or cracks near the surface), it 

may be required to apply more opening and 

closing transforms. 

3. Scan the image in the appropriate direction to 

determine locations of entering material (pixel 

switch from zero to one) and exiting material. 

For majority of CT scans, only as many scan 

lines are necessary as the number of subdivision 

nodes. When high levels of noise are present, 

one may need to detect larger number of nodes, 

smooth the resulting border lines and then select 

border nodes. 

Detection of shape allows precise alignment of the 

coordinate systems of all slices in order to correct 

image shifts due to mismatch in section plane 

orientation. The second step is the selection of 

border nodes for coordinate transformation. For 

composites the border nodes are selected to define 

transformation from image coordinate system to the 

coordinate system aligned with the material axes of 

the specimen. For example, the opposite border 

points for the curved-beam example (section 4.2) are 

selected at the same hoop angle, which transforms 

image coordinates to polar coordinates of the 

specimen center part. 

The coordinate system transformation is an 

interpolation of nodal coordinates with coefficients 

defined as quadratic function of local coordinates. 

This transformation that is based on shape functions 

of quadratic 8-noded elements is widely used in 
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finite element method. See Ref. [6] for more details.  

3.3 Detection of Fiber Slopes 

Fibers in composites are typically too small to be 

separated in cross-sectional images generated by CT 

scan. The images contain contrast variations that 

indicate orientation of fibers. Based on the 

application of analysis domain mapping we assume 

that fibers are approximately parallel to the image 

edges, except for some areas where fiber slopes are 

of moderate magnitudes.  

First step in the detection of fiber lines is applying 

the median filter in the direction that is 

approximately tangent to the fiber lines. This step 

aims to suppress the noise between mostly 

horizontal fiber bundle lines and improving their 

identification.  

Second step is image-based edge detection 

accomplished by the Canny method [7]. The Canny 

method is a multiple step edge detection procedure 

aimed at detection of image edges with simultaneous 

noise suppression. The method includes the 

following steps: 

1. Apply a Gaussian smoothing filter (width of σ) 

to reduce image noise. 

2. Determine the magnitude and direction of the 

image gradient using edge detectors. 

3. Perform non-maxima suppression with the 

purpose of edge thinning. 

4. Perform a hysteresis thresholding using two 

different thresholds. 

Typical quality of the scan data for composite 

materials is such that the direct computation of 

gradients by a differential operator (for example, the 

Sobel operator used in the Canny method) leads to 

considerable oscillations in gradient values. 

The following algorithm of improving reliability of 

gradient estimation is used: 

1. Scan lines in the image with detected edges and 

find chains of connected pixels with length 

larger then minimal specified length. 

2. In each pixel chain, select pixels using the 

specified step along x direction. 

3. Approximate selected pixels by spline function 

yw=yw(x). 

4. Find slopes at selected pixels as a derivative 

dyw/dx of the spline approximation. 

These steps perform B-spline approximation of 

selected pixels at each chain and estimation of 

derivative values dyw / dx. Gradient values at both 

ends of the pixel chain are discarded to avoid 

excessive errors. In addition to estimated gradient 

values at the selected internal pixels, zero gradient 

values are specified at the image border; same step 

as for the internal pixel selection is used. 

3.4 Interpolation of the Gradient Field 

Fiber line gradients g(x y)=dyw/dx are determined at 

arbitrary locations defined by the algorithm in 

section 3.3. To determine the gradients at the nodes 

of a rectangular mesh, the interpolation of scattered 

data is required for further smoothing and improving 

performance of the interpolation. Radial basis 

function (RBF) interpolation is suitable for such 

kind of data [8].  

RBF interpolation is based on the solution of a linear 

system of equations of the order equal to the number 

of data points. The whole set of gradient data 

contains too many points; the subset of data points in 

the neighborhood of the point selected for 

interpolation. In this work, we use the multiquadric 

radial basis function for gradient interpolation such 

that the radius is scaled by the average distance 

between data points. The radius of interpolation 

region R is estimated on the basis of average density 

of the gradient points in the whole image. See Ref. 

[6] for the particular details of RBF interpolation.   

Values of fiber line gradients g(x, y) determined at 

the nodes of the polygonal mesh have significant 

noise levels due to uncertainty in detected image 

edges and errors in their approximation and 

differentiation. To smooth the gradient field, the 

following mesh denoising method is used [9]. 

During the first stage of the method, polygon face 

normals are filtered iteratively by weighted 

averaging of adjacent face normals. In the second 

stage, node heights (gradient values) are iteratively 

updated to be in agreement with the denoised face 

normals. Regular grid of triangles with specified size 

is generated for the rectangular image. The 

triangular mesh used by the mesh-denoising step is 

obtained from a regular rectangular mesh by 

dividing each quadrilateral into two triangles. 

Finally, the gradient values are computed at the grid 

nodes by the RBF interpolation. 
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3.5 Mesh Generation 

We intend to generate a topologically regular mesh 

of quadrilateral elements with “horizontal” edges 

along the fiber lines. “Vertical” element edges 

should follow curves that are normal to the fiber 

lines. Nodes of the finite element mesh are generated 

by integrating the ordinary differential equation for 

the fiber line slopes. The algorithm uses the 

specified number of elements in horizontal x and 

vertical y directions of the cross-sectional region. 

The horizontal element boundary lines are obtained 

from the solution of the ordinary differential 

equation dy/dx=g(x, y), where g(x, y) is the gradient 

value at (x, y) point estimated by the bilinear 

interpolation of the smoothed gradients at the nodes 

of the polygonal mesh. Integration of this 

differential equation is performed using the fourth 

order Runge-Kutta method. The element size is 

divided in sub-increments to increase the precision 

of numerical integration. The integration of the ith 

row of nodes starts at the mid-point location (0.5nx, 

iΔy) and proceeds in both directions from the 

starting point. 

If the transformation that maps analysis domain 

(section 3.2) from the coordinate system (x, y) to the 

coordinate system (X, Y) preserves angles between 

lines then the vertical element boundary lines 

(normal to fiber lines) can be determined by 

integrating the same gradient field rotated by 90 

degrees. Similarly, the integration proceeds from the 

central point (iΔx, 0.5ny) in the upper and lower 

directions. When local coordinate system lines 

ξ=const and η=const are not perpendicular in the 

global coordinate system (X, Y), the integration 

should be done in a coordinate system rotated by 

angle (90°-α). Here α is an angle between lines 

ξ=const and η=const. Since angle α changes from 

point to point the integration coordinate system 

should be determined at each integration step to 

ensure that the element edges are orthogonal. 

Nodes of the finite element mesh are found as 

intersections of the horizontal and vertical element 

boundary lines in the coordinate system (x, y). 

Finally, mesh nodes are transformed to the 

coordinate system (X, Y) using the inverse of a 

transformation defined in section 3.2. 

 

3.6 Example of Mesh Generation 

An example of mesh generation for glass/epoxy 

composite wedge specimen (trapezoidal cross-

section) is presented below. The example 

demonstrates the algorithm steps from the scanned 

specimen cross-sectional image to the generated 2D 

mesh, and shows that the proposed algorithm allows 

automatic creation of FE mesh from the CT scan. 

Typical CT scan image of glass/epoxy composite 

wedge specimen cross-section is presented in Fig. 

2a. The cross-section is oriented such that the fiber 

direction is along the length of the specimen and 

parallel to the section. The image size is 1200x566 

pixels; specimen thickness varies from 0.71 to 1.56 

inches (18.1 to 39.6 mm). The central trapezoidal 

part of the specimen is represented with one 

subdomain and transformed into a rectangular 

image, 933x288 pixels in size. The CT scans of 

glass/epoxy composites result in higher contrast-to-

noise ratio as compared to carbon/epoxy composites; 

however larger specimen size  that leads to smaller 

geometric magnification of the scan presents 

additional challenges to the algorithm due to lower 

resolution of the fiber lines. 

After convolving the image with the median filter of 

8 pixels along the fiber direction, the Canny method 

with σ = 3, thresholds 0.3 and 0.6 was used to detect 

edges. Detected edges along fiber lines are presented 

in Fig. 2b. The figure shows significant amount of 

shorter edges with random orientations that need to 

be discarded for the robust gradient calculation. 

Minimum length of acceptable edges was set at 32 

pixels and maximum acceptable slope was set to 0.5 

radian. Fig. 2c shows points of fiber waviness field 

gradient calculation – a total of 3944 points. The 

RBF interpolation is able to infer enough waviness 

data to generate a mesh with good quality. A 

polygonal mesh of 5208 triangles with z-coordinates 

equal to fiber waviness field gradients at mesh nodes 

is created and smoothed by the mesh-denoising 

method with threshold of 0.3. Runge-Kutta 

integration (integration step: 6 pixels) of filtered 

fiber gradients in horizontal and vertical directions 

generated rectangular mesh of 60x24 quadrilateral 

elements. Nodal locations in the rectangular image 

are shown in Figure 2d.   
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Fig. 2a. CT scan image of glass/epoxy wedge 

specimen cross-section. 

 

Fig. 2b. Detected edges in the CT scan image. 

 

Fig. 2c. Filtered points of gradient calculation. 

 

Fig. 2d. Nodes generated by gradient integration. 

 

Fig. 2e. FE mesh in the original coordinate system. 

To obtain the finite element mesh for the original 

specimen section, nodal coordinates are transformed 

to the initial coordinate system. Resulting mesh is 

shown in Fig. 2e. 

3.7 Three-dimensional Mesh Generation 

FE analysis of complex structures motivates 

extension of the method to three dimensions. Three-

dimensional meshes can be generated by combining 

planar meshes for cross-sections of the specimen. 

While the two-dimensional meshes are created 

separately for each cross-section, the RBF 

interpolation of fiber slopes is done in three 

dimensions using the gradient data within the sphere 

of the radius calculated by the RBF interpolation 

algorithm. The final three-dimensional mesh is 

obtained by joining the nodes of the cross-sectional 

meshes and generating indices for 3D solid 

elements.  

Care must be exercised when defining a fiber-

oriented coordinate system from the specimen 

shapes as errors in boundary detection may lead to 

abrupt changes in nodal coordinates. In the examples 

below, the least-squares fit of the coordinate system 

parameters was obtained for all cross-sectional slices 

and the resulting averaged coordinate system 

transformation was used. Fig. 3 presents the example 

of three-dimensional mesh built for the wedge 

specimen. 

 

Fig. 3. Three-dimensional FE mesh based on CT 

scan of the wedge specimen. 

4 Analysis of Curved-Beam Specimen with 

Waviness Defects 

The curved-beam test is used by the composites 

community for measurement of the interlaminar 

tensile strength. Fig. 4 shows curved-beam test 

setup. The failure mode is tensile delamination 

which normally starts in the beam radius area at 

about 60% of the thickness corresponding to the 

maximum interlaminar tensile stress location, and 

quickly propagates through the beam flanges.  
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Fig. 4. A curved-beam test setup showing the area of 

CT scan. 

The CT scans were accomplished at 40 kV tube 

voltage and 600 μA target current at 0.6 frames per 

second. 15.5X magnification was used to maximize 

scan resolution for the curved part of the specimen. 

This magnification resulted in the effective pixel 

pitch of 0.3×10
-3

 in (8 μm). The image size of the 

cross-sectional slices used for the analysis was 

1225x631 pixels. In addition to low contrast-to-noise 

ratio and lower magnification of the CT scan, the 

curvilinear shape of the specimen presents additional 

challenge due to increasingly three-dimensional 

nature of waviness defects. Sample cross-section of 

the specimen is shown in Fig. 1. 

The analysis area is represented with four 

subdomains. Fig. 5 illustrates the steps of the 

algorithm. Fig. 5a shows rectangular image obtained 

by mapping of the four subdomains using quadratic 

interpolation. Fig. 5b shows points of fiber waviness 

field gradient calculation in the rectangular image. 

The same edge detection method and parameters as 

in section 3.2 are used. The figure shows detected 

edges of mostly average length; the areas of smaller 

waviness have the best quality while the areas of 

larger waviness lack continuity of edge detection. 

Again, shorter edges with random orientations were 

discarded for gradient calculation. Although more 

points are used for gradient calculation than in 

section 3.3, they tend to have more noise due to 

smaller waviness and lower data-to-noise ratio. A 

40x20 element mesh in the rectangular domain is 

shown in Fig. 5c. The three-dimensional mesh 

obtained by combining the 2D meshes for through-

the-width slices and transformed to the initial 

coordinate system is presented in Fig. 5d.  

 
Fig. 5a. Transformed CT scan image of the curved-

beam specimen cross-section. 

 
Fig. 5b. Filtered points of gradient calculation. 

 
Fig. 5c. Nodes generated by gradient integration. 

 
Fig. 5d. Resulting three-dimensional FE mesh of the 

curved-beam specimen. 

The generated mesh of the curved-beam specimen 

shows good approximation of the fiber directions in 

the regions of sufficient scan quality; and the 

tendency to approximate fiber waviness in the 

regions of poor contrast. The mesh also shows that 

noise in gradients can accumulate to produce 

undesirable mesh concentration at the border of the 

analyzed area. 

 

20 mm 
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5 Conclusions and Future Work 

Non-destructive measurement of manufacturing 

defects is becoming an important tool for assessment 

of the actual part condition and allows avoiding 

assumptions of the worst-case scenario in structural 

disposition.  Accurate three-dimensional 

measurements of fiber waviness are necessary to 

determine the effects of defects in composite parts. 

Automatic conversion of measurement to finite 

element models is required to process the large data 

sets obtained by CT scans. 

A novel algorithm and computational procedure for 

finite element mesh generation from X-Ray 

Computed Micro-Tomography images have been 

developed for composites with fiber waviness. The 

CT scans of composite specimens with waviness 

imperfections show wavy patterns due to the 

contrast between areas of different fiber content. 

These patterns correspond to local orientations of 

fibers, and their accurate identification is critical for 

strength and durability predictions by composite 

specimen structural analysis. 

The presented algorithm was able to generate finite 

element meshes with high quality of waviness 

approximation for the scans with low contrast 

(carbon/epoxy composites) and low magnification. 

The CT scans with low contrast, lower 

magnification and curvilinear geometry provided 

special challenge for the algorithm. Overall, the 

algorithm has demonstrated robust and accurate 

results for the scans that allow good identification of 

fiber waviness by visual inspection and produced 

viable solutions for the scans of lesser quality. 

The algorithm can be readily extended to handle 

mesh generation for practical structures that have 

more complex cross-sections. The potential benefits 

of the ability to accurately measure material 

structure and transfer non-destructive measurements 

into structural failure models can lead to a 

fundamental shift from the statistics-based to 

condition-based structural substantiation. 

In this work, three-dimensional FE meshes are 

generated by combining planar meshes generated 

from the specimen sections. Availability of 3D mesh 

is important for computational structural analysis 

methods that predict interlaminar failure of the 

composites. Additional efforts are required to 

substantiate the relationship of manufacturing 

procedure, CT scan parameters and quality of 

structural predictions. Computational models that 

use generated meshes will be implemented in the 

ABAQUS finite element software [10], and failure 

analysis will be based on methods previously 

developed by authors [5] that use modified LaRC04 

failure criterion [11-12]. Tests of curved-beam 

specimens with waviness defects demonstrated 

failure loads from 1.47 to 2.02 kN (330 to 454 lbs). 

Critical voids and failure loads will be determined 

and compared with test results. 
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1  Introduction  

Randomly-Oriented Strands (ROS) composites are a 

bulk moulding compound type of material made of 

strands of unidirectional pre-impregnated tape [1]. 

The main advantage of these materials is their great 

formability compared to continuous fibre composites, 

which are generally limited to components having 

small curvature and thickness variations. They also 

have higher fibre volume fraction than traditional 

short-fibre composites, thus higher mechanical 

properties. ROS composites are intended to be used 

for small intricate compression moulded components 

having features such as varying wall thickness, tight 

radii, reinforcing ribs, mould-in holes, etc. However, 

this process requires very high pressure in order to 

“push” the material in the cavity of complex parts. 

This requirement can significantly limit the maxi-

mum part size, being dependent on the capacity of 

the press utilized.  It is expected that ROS compo-

sites processed at low pressure will result in variable 

defect density throughout a single part, due to local 

lack of flow and compaction. These process-induced 

defects will most likely affect the mechanical prop-

erties, thus the importance of understanding the in-

fluence of the processing parameters, such as pres-

sure and temperature, on the compaction quality and 

resulting mechanical properties of these materials. 

 

2  Background 

This type of material was first introduced by Ferabo-

li et al. [2–4], who studied carbon/epoxy ROS com-

posites. In their work, flat panels were press-

moulded and the strands random distribution was 

assessed, as well as the tensile, compressive and 

flexural strength and modulus as a function of the 

strand length and aspect ratio. Although large varia-

tions in the measured mechanical properties was ob-

served, results showed in-plane isotropic behaviour 

and modulus comparable to that of continuous fibre 

quasi-isotropic laminates, while strength was 

significantly lower [2]. Ultrasonic C-scan inspec-

tions, verified by the use of targeted microscopic 

analysis, have been used to characterize regions of 

signal attenuation in the material, which were at-

tributed to defects such as macro-voids, fibre 

kinking and resin-rich regions [3]. It was also found 

that these materials exhibit a particular notch-

insensitive behaviour under open-hole tensile and 

compression loading, which is thought to be associ-

ated with internal stress concentrations arising from 

the heterogeneous sub-structure of the material [4]. 

Tuttle et al. [5] have also done some work on the 

mechanical properties characterization of car-

bon/epoxy ROS material. They used commercially 

available HexMC
®
 prepregs made out of randomly 

oriented AS4/8552 carbon/epoxy strands to produce 

flat panels by compression moulding. The results 

showed a random strand distribution and fairly con-

stant fibre volume fraction throughout the width of 

the panels. An increase in tensile modulus was 

measured in coupons near the edge of the mould and 

was attributed to an increase in fibre alignment. Han 

et al. [6] studied the bearing failure behaviour of 

carbon/PEEK ROS composites co-moulded with 

fabric layers at various contents and locations in the 

panel. Results showed that the bearing strength was 

30% higher in 100% ROS composites in comparison 

with 100% continuous fibre fabric composites, while 

the highest strength was obtained by moulding the 

ROS with fabric reinforcement in the core of the 

panel. 

 

A few studies have shown the excellent formability 

of compression moulded carbon fibre/thermoplastic 

ROS composites. Han et al. [7] moulded L-curved 

beams from carbon/PEI ROS composites and meas-

ured their interlaminar tension strength. In [8], a 
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deep flange was moulded from carbon/PEEK ROS 

composite, where it was shown that the processing 

pressure can have an influence on the final part qual-

ity, mainly influencing the flow of the material in 

the mould complex cavity. Lastly, a rotorcraft door 

hinge featuring net-shaped holes was compression 

moulded out of chopped carbon/PEEK tapes [9]. 

Bearing tests have shown that the ROS door hinge 

yield similar strengths to a steel counterpart, alt-

hough being only 16% of the weight. 

 

3  Low pressure processing 

While most of the literature studies on ROS compo-

sites address mechanical properties and/or feasibility 

of moulding complex shaped components, the pro-

cessing aspects of these materials have not received 

much attention. A preliminary investigation by the 

authors on unidirectional continuous fibre car-

bon/PEEK composites has shown that low pressure 

processing had negligible effect on the tensile and 

compressive strength and modulus of the material, 

but clearly affected its mode I fracture toughness, 

GIc. Similar results were found on ROS car-

bon/PEEK composites, where low pressure pro-

cessing had no influence on tensile strength and 

modulus, although it had an effect on its short-beam 

strength [10]. These results showed that as opposed 

to in-plane mechanical properties, interlaminar 

properties of these materials are sensitive to the pro-

cessing conditions. For ROS composites, this main 

finding can be explained by the fact that their failure 

is mainly due to matrix microcracking and interply 

interface disbond, and that fibre breakage is minimal 

[2].  

 

To further understand the relationship between pro-

cessing and mechanical properties, this paper pre-

sents the results of an investigation of the effect of 

the processing pressure on the damage tolerance of 

ROS composites. The compaction quality of panels 

manufactured at high and low pressure was assessed 

by means of cross-sectional micrographs and ultra-

sonic C-scan analysis. Drop-weight impact tests 

were performed on the panels and the damage char-

acteristics and impact properties were compared be-

tween the two processing conditions. All characteris-

tics and mechanical properties obtained in this study 

were also benchmarked against a quasi-isotropic 

continuous fibre composite.  

 

4  Experimental procedures 

4.1 Material and panel fabrication 

The material used in this study was a unidirectional 

carbon/PEEK prepreg, AS-4/TC1200, supplied by 

TenCate. The prepreg was chopped into 25 mm long, 

6.35 mm wide strands. Two flat ROS composite 

panels, 356 mm × 305 mm, were manufactured in a 

compression mould made out of a picture frame and 

two flat plates. The first panel was moulded using 

the manufacturer’s recommended high pressure cy-

cle, 3.45 MPa [11]. The second panel was moulded 

at 1.0 MPa. A 32-layer quasi-isotropic continuous 

fibre panels moulded at a pressure of 3.0 MPa was 

used to benchmark the mechanical properties of the 

ROS composites obtained in this study. Table 1 

shows the three panels characteristics. The low- and 

high-pressure processed ROS panel will be identi-

fied as LP–D and HP–D, respectively. The continu-

ous fibre panel will be referred to as HP–C. 

 

The moulding process was the following. The pre-

preg strands were manually placed inside the mould 

cavity in small batches in order achieve a random in-

plane distribution and minimize out-of-plane orien-

tation. A total of 776 g of material was used to reach 

an average panel thickness of approximately 4.50 

mm. Three thermocouples were inserted in the mate-

rial, at approximately 13 mm from the picture frame. 

They were used to monitor the material temperature 

during the moulding cycle. Once the mould was 

closed, it was placed in a press and a force of 89 kN 

was applied, corresponding to a pressure of 0.82 

MPa. The press platens were then heated to 400 °C. 

When the material reached 380 °C, the desired 

moulding pressure was applied and kept constant for 

the rest of the cycle. The material was held at the 

processing temperature for 15 min. Once the dwell 

was done, the mould was cooled down in three stag-

es: with air from the processing temperature to 343 

°C, a mixture of air and water from 343 °C to 177 

°C, followed by water only from 177 °C to room 

temperature. The two ROS composite panels and the 

moulding cycle of the HP–D panel are shown in Fig. 

1 and 2, respectively.  

 

 

ICCM19 1806



 

 

 

3  

 

 

PROCESSING EFFECT ON THE DAMAGE TOLERANCE OF RAN-

DOMLY-ORIENTED STRANDS THERMOPLASTIC COMPOSITES  

4.2  Destructive and non-destructive inspection 

Multiple 25 mm wide samples were taken from each 

panel in order to inspect their microstructure and 

measure their void content. The samples were pol-

ished and observed under optical microscope at 50X. 

The void content in each sample was measured with 

the help of image processing software by comparing 

the total void area to the total area of the sample. 

Further inspection was performed on the low-

pressure processed panel by means of through-

thickness ultrasonic C-scan using a 2.25 MHz sensor. 

 

4.3  Drop-weight impact 

Drop-weight impact tests were performed according 

to ASTM D7136 standard [12]. This mechanical test 

was selected for this work because the resulting 

damage is mostly interlaminar, which makes it a 

great candidate for detecting differences in the mate-

rial due to processing. Another advantage of impact 

testing with regards to ROS composites is the large 

sample size. This is important because the repetitive 

unit-cell of ROS composites is relatively large and is 

also dependent on the strand geometry.  

 

All tests were performed on an Instron drop-weight 

impact tower, model 8200. The impactor was hemi-

spherical and 16 mm in diameter. The impact energy 

was 30 J for all specimens, based on the ASTM 

standard’s recommended of 6.7 J/mm. An indication 

of the degree of damage induced by impact loading 

was obtained by measuring the contact force and the 

total energy absorbed versus time during the test. All 

load-time data was obtained directly from the data 

acquisition system. The dent depth was measured on 

each sample immediately after impact using a depth 

gage micrometer having a spherical tip. 

 

5  Results 

The results of this study are presented in three sec-

tions. First, the effect of the processing pressure on 

panel quality is assessed with the help of visual ob-

servations, cross-sectional micrographs and ultrason-

ic C-scan analysis. Second, the impact testing results 

of the three panels are presented, followed by the 

post-impact damage evaluation. 

5.1 Effect of pressure on panel quality 

A considerable difference can be observed between 

the two ROS panels presented in Fig. 1. A white tri-

angle-shaped region can be observed on the LP–D 

panel (Fig. 1b), which was determined to be PEEK 

resin on the surface.  These regions had a matt and 

rough surface, in comparison with the other regions 

of the panel, which were smooth, shiny, and black. 

A small number of these regions can also be ob-

served on the right side of the HP–D panel (Fig. 1a). 

The formation of these white regions is explained in 

the following. 

 

The cooling system of the press platens is such that 

the coolant flows (in reference to Fig. 1) from right 

to left in a main conduit and from the center to the 

top and bottom in secondary conduits. This created 

an in-plane temperature gradient on the panel, where 

TC2 < TC1 < TC3 at all time during cooling. Tem-

perature gradients will delay solidification, crystalli-

zation, and thermal contraction of the “hot” regions 

of the part, compared to the “cold” regions. In this 

case, the maximum measured temperature gradient 

was 71 °C, recorded at 110 min into the moulding 

cycle. 

 

At the processing temperature, the material is molten 

and the applied load is equally distributed, i.e. the 

pressure can be assumed to be equals the processing 

pressure at any point (P = Pprocessing). When the cold 

material solidifies (T° < 343 °C for PEEK), its mod-

ulus starts developing. Since the hot material is still 

molten, the cold material carries most of the applied 

load (P > Pprocessing). When the hot material starts to 

solidify, the cold material has already started shrink-

ing due to its ongoing crystallization, in addition to 

its thermal contraction. This will lead to a non-

uniform pressure distribution on the panel. Addi-

tionally, during the rest of the cooling process, the 

applied pressure needs to be high enough for the 

elastic strain to overcome the additional strains in 

the cold material due to the thermal gradient. Insuf-

ficient applied pressure could lead to a zero pressure 

zone (i.e. a gap between the press platens and the 

material) in the cold region, which could have con-

sequences on the final part quality. It is thus believe 

that this condition was not satisfied during moulding 

of the LP–D panel, resulting in white PEEK resin 

regions observed on its surface. 

Underline pre-

senter name 
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The effect of the white PEEK regions on the panel 

quality was investigated by performing through-

thickness ultrasonic C-scan on the LP–D panel. The 

results are presented in Fig. 3. The panel is repre-

sented in five samples, B1–B5, which are directly 

comparable with the samples in Fig. 1b. A triangle-

shaped region of signal attenuation can be observed 

on the right of the panel. Clear correlation can be 

made between the white regions on the surface of 

the panel and the regions of signal attenuation. The-

se differences in density could be explained by a 

higher number of defects such as void and resin-rich 

areas, or simply different levels of compaction in the 

material due to uneven pressure distribution during 

processing. 

 

Void content analysis was performed on the three 

panels. Samples were taken along the dashed line, as 

shown in Fig. 1. Eight, nine and three samples were 

analysed from the LP–D, HP–D and HP–C panels, 

respectively. Two micrographs of the LP−D panel 

are presented in Fig. 4. The sample in Fig. 4a was 

taken from the leftmost side of the panel, while the 

sample in Fig. 4b was taken on its rightmost side, 

exposing the difference between black and white 

surface regions of the panel. Although it was almost 

twice as high in the white surface sample (Fig. 4b), 

the void content was found to be low in both sam-

ples, i.e. 0.20 and 0.36%. The average void content 

measured in the LP−D samples was 0.28 ± 0.05%. 

Representative micrographs of the HP−D and HP−C 

panels are presented in Fig. 5. The average void con-

tent in the HP−D was 0.09 ± 0.07%. Most of the 

voids in both discontinuous fibre panels were locat-

ed in resin-rich areas at strand tips, as depicted in the 

zoom region of Fig. 4b. Finally, very few voids (< 

0.05%) were observed in the HP−C panel. 

 

5.2 Impact tests 

The impact resistance of the three panels was com-

pared based on three characteristic parameters [13]. 

First, the incipient damage load, F1, and its corre-

sponding energy, E1, recorded at the first discontinu-

ity of the force vs. time curve, below which the ma-

terial experiences no impact damage. Second, the 

maximum recorded contact force, Fmax, an indication 

the maximum load that the composite can withstand 

without undergoing major damage. Lastly, the total 

energy absorbed by the specimen during the impact, 

Ea, which is the difference between the applied im-

pact energy and the elastic energy released by the 

samples, calculated based on the rebound accelera-

tion, force and displacement of the impactor. It is an 

indication of the degree of damage induced by im-

pact loading, where a perfectly elastic impact event 

would have Ea = 0. 

 

The impact load vs. time and energy vs. time curves 

of representative samples are presented in Figs. 6 

and 7. Average results and standard deviations for 

F1, E1, Fmax, and Ea are presented in Table 2. All 

load curves show two or three discontinuities at the 

beginning of the impact event, which were neglected 

in the F1 measurements as they were attributed to 

harmonic resonance of the impactor and/or sample 

[12]. Fig. 6 shows clear evidence of the higher im-

pact performance in the continuous fibre panel. Av-

erage F1 and Fmax in both discontinuous fibre panels 

were 18.7% and 22.6% lower than those measured 

in the continuous fibre panel. F1 and Fmax values 

were very similar between the discontinuous fibre 

panels, with differences of 1.3% and 0.4%, respec-

tively. The shorter impact time in the HP–C panel 

was attributed to its superior stiffness, which was 

11.8% higher when compared to the discontinuous 

fibre panels. Average E1 energies measured in both 

discontinuous fibre panels were 25.1% lower than 

those of the continuous fibre panel. The total ab-

sorbed energy, Ea, was the impact parameter most 

affected by the fibre architecture, where the average 

value was 42.3% higher in the discontinuous fibre 

panels. Differences in E1 and Ea between the LP–D 

and HP–D panels were only 2.4% and 5.3%, respec-

tively, in favour of the LP−D panels.  

 

One-way analyses of variance (ANOVA) were per-

formed in order to determine if processing pressure 

had a significant influence on the impact behaviour 

of the discontinuous fibre panels, and whether or not 

the impact results were significantly different be-

tween the continuous and discontinuous fibre panels. 

The analyses were performed on parameters F1, E1, 

Fmax, and Ea. Results showed that for both discontin-

uous fibre panels, the pressure had no influence on 

any of the impact parameters tested. However, it was 

found that the fibre architecture, continuous vs. dis-

continuous, had a significant influence on all impact 

parameters. 
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5.3 Post-impact damage evaluation 

Visible impact damage on the underside of repre-

sentative test samples are shown in Fig. 8. The dam-

age on both discontinuous fibre panels was mainly 

composed of delamination around the strands, 

cracks, and small amount of fibre failure (Figs. 8a–

b). Small cracks were also observed near the dent on 

the impacted side of the samples. Nonetheless, no 

clear differences in the failure modes were observed 

between the LP–D and HP–D panels. The surface 

damage on the underside of all four HP–C panels 

(Fig. 8c) was comprised of long delaminations in the 

45° surface ply. Apart from the impact dent, no visi-

ble damage was observed on the impacted side of 

the samples. 

 

The average dent depths of the three panels are pre-

sented in Table 2. The smallest and largest average 

dent depths were measured in the HP–C and HP–D 

panels, respectively. Greater damage length could 

explain the smaller dents in the HP–C panel, where 

delamination paths between the layers are prone to 

larger internal damage. In opposition, the random 

mesostructure of the discontinuous fibre panels pos-

sibly makes it more difficult for cracks to grow, 

which is reflected by a more localized damage area. 

 

6  Conclusions 

The effect of the processing pressure on compaction 

quality and impact properties of ROS composites 

was investigated. Two discontinuous fibre ROS pan-

els were moulded at high (3.45 MPa) and low (1.0 

MPa) pressure. The internal structure of both ROS 

panels was very similar, where the difference in av-

erage void content was only 0.19%. White PEEK 

resin and a rougher surface finish were observed in 

some region of the low-pressure processed panel. 

This was attributed to the high temperature gradients 

in the panel during cooling, which lead to a loss of 

effective pressure between the press platens and the 

material when processed at low pressure. The white 

region on the panel was clearly detected via ultra-

sonic C-scan. However, it was not clear if the differ-

ence in void content was solely responsible for these 

signal attenuations. This will be further investigated 

in future work. 

 

Impact tests were performed at an energy of 30 J. 

All impact parameters measured on both ROS com-

posites panels were insensitive to the processing 

pressure and difference in void content, as verified 

by ANOVA analyses. The damage modes were also 

similar for both panels. Thus, for the temperature 

cycle employed, a pressure of 1.0 MPa was satisfac-

tory to obtain a decent panel quality, with regards to 

impact resistance.  

 

The fibre architecture had a significant influence on 

the impact properties of the material; in comparison 

with a quasi-isotropic continuous fibre laminate, the 

maximum contact force was 22.6% lower, while to-

tal absorbed energy was 42.3% higher in the ROS 

panels. The fibre architecture also greatly influenced 

the impact damage modes observed in the panels. 

Further investigation of the impact damage will be 

performed in future work by measuring the damage 

area with the help of ultrasonic C-scan. Cross-

section of impacted regions will also be polished and 

observed under optical microscope, where failure 

paths will be compared between low- and high-

pressure moulded ROS and quasi-isotropic panels. 
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Table 1. Characteristics of the three panels manu-

factured and tested in this study. 
 

Panel Configuration 
Pressure 

(MPa) 

Thickness 

(mm) 

HP–D ROS 3.45 4.52 

LP–D ROS 1.00 4.57 

HP–C [45/‒45/0/90]4S 3.00 4.34 

 

 

a  

b  

Fig. 1. ROS panels processed at (a) 3.4 MPa and (b) 

1.0 MPa. The press platen’s coolant flows from right 

to left during cooling. Dots indicate thermocouple 

location, dashed line indicate area where micro-

graphs were taken. 
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PROCESSING EFFECT ON THE DAMAGE TOLERANCE OF RAN-

DOMLY-ORIENTED STRANDS THERMOPLASTIC COMPOSITES  

 

Fig. 2. Pressure cycle and panel temperature meas-

ured during moulding at three locations (see Fig. 1) 

on the HP–D panel. 

   

  

Fig. 3. Through-thickness ultrasonic C-scan of the 

LP–D panel. Signal attenuation can be seen on the 

right side of the panel. 
 

 

a  

b  

Fig. 4. Cross-sectional micrographs of the LP–D panel taken at (referring to Fig. 1b) (a) M1. (b) M2.  
 

 

a   

b  

Fig. 5. Cross-sectional micrographs of the two high-pressure processed panels. (a) HP–D. (b) HP–C. 
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Fig. 6. Typical impact load vs. time curves showing 

incipient damage load F1 for the three panels tested. 

 

 

 

Fig. 7. Typical energy vs. time curves for the three 

panels tested. The total absorbed energy, Ea, is 

shown for the HP–C panel. 

a  

b  

c  

Fig. 8. Visible impact damage on the underside of 

the test samples. (a) LP–D. (b) HP–D. (c) HP–C.

 
Table 2. Impact testing results. 

 

Panel F1 (kN) E1 (J) Fmax (kN) Ea (J) Dent depth (mm) 

HP−D 6.71 ± 0.92 8.37 ± 2.52 9.45 ± 0.48 14.35 ±1.92 0.90 ± 0.14 

LP−D 6.80 ± 0.86 8.17 ± 2.10 9.41 ± 0.67 13.63 ± 1.20 0.76 ± 0.07 

HP−C 8.31 ± 0.28 11.04 ± 0.85 12.19 ± 0.21 9.83 ± 0.62 0.50 ± 0.02 
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Abstract 

Mesoscale modeling of three-dimensional woven 
composites presents significant challenges related to 
accurate representation of as-woven geometry of the 
reinforcement [1]. There are two approaches most 
commonly used to define the geometry of 
reinforcement. One is based on the nominal 
description of composite, and the other one involves 
fabric mechanics simulations. In our previous 
publications, we attempted to evaluate the efficiency 
and accuracy of these two approaches for prediction 
of the overall elastic properties and residual stresses 
due to curing for the so-called ply-to-ply 
reinforcement architecture, see [2]. 
In this paper, we present a straightforward procedure 
to develop realistic finite element models of unit 
cells for 3D woven composites based on the as-
woven reinforcement geometry obtained by the 
textile modeling software DFMA [3]. We consider 
two configurations of an orthogonally reinforced 
composite and describe all steps of the model 
development. Numerical simulations to predict the 
overall elastic moduli and evaluate the materials’ 
potential to develop high residual stresses due to 
curing are described. 
 
1 Introduction 

On the mesoscale, the structure of woven 
composites can be described as a dual-phase system 
consisting of the bundles of fibers (yarns or tows) 
embedded in the matrix, as illustrated in Fig. 1. The 
smallest repeating portion of the composite is called 
a unit cell (UC), see Fig. 2. Interaction of the UC 
with the surrounding material is modeled by 
assigning periodic boundary conditions which 
require that boundaries of the UC deform in a way 
that preserves the continuity of the composite. At the  

 
Fig. 1. Material structure of 3D woven composites on 

meso- and microscale 
 
microscale, yarns consist of several thousands of 
individual fibers (Fig. 1). 
Depending on the direction of reinforcement within 
a UC, the yarns are identified as longitudinal (warp), 
transverse (weft) and through-thickness (binder). 
The configuration illustrated in Fig. 1 is the so-
called 1x1 orthogonal architecture. This 
configuration is characterized by the binder yarns 
going vertically (up or down) through the entire 
thickness of the composite at each crossing with the 
weft yarns column. The 2x2 orthogonal architecture 
is similar to the 1x1, but the binder yarns go through 
the thickness at every other crossing. 
 

 
Fig. 2. Unit cell of a 3D woven composite 
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ON MESOSCALE 

 
A. Drach1, B. Drach2, I. Tsukrov1*, H. Bayraktar3, J. Goering3 

1 Mechanical Engineering, University of New Hampshire, Durham, NH, USA 
2 Mechanical & Aerospace Engineering, New Mexico State University, Las Cruces, NM, USA 

3 Albany Engineered Composites, Rochester, NH, USA 
* Corresponding author (igor.tsukrov@unh.edu) 

 
Keywords: 3D woven composite, mesoscale, matrix microcracking, curing 

ICCM19 1813



We use these two orthogonal architectures (1x1 and 
2x2) to present a procedure for construction of 
realistic finite element (FE) models of 3D woven 
composites on mesoscale. Usually, such models are 
developed based on the nominal geometry of 
composites. They are constructed from the weaving 
pattern with a chosen shape of yarn cross-sections. 
This approach has been extensively discussed in the 
literature [4,5] and implemented in such software 
packages as TexGen, WiseTex, DYNAFAB, 
ScotWeave, etc. Another class of approaches is 
based on the volumetric subdivisions known as 
“mosaic” models [6,7]. The relative ease of nominal 
geometry model preparation, however, introduces 
some limitations to this approach. The architectures 
with a large volume fraction of reinforcements or a 
large number of binder yarns are difficult to model 
due to the inability of this approach to automatically 
account for the deformations of yarn cross-sections 
during manufacturing. This leads to the geometric 
incompatibility problem which is manifested by the 
interpenetration of yarn cross-sections. Several 
authors [1,8,9] have developed remedial procedures 
including semi-automatic deformations of the yarn 
shapes, reductions of their cross-sectional area, and 
special procedures to prescribe changes in cross-
sectional area and/or axial rotation of the yarn. 
However, even for the geometries that can be 
modeled successfully, the artificially prescribed 
shape of the cross-section does not provide an 
accurate description of the actual microstructure as 
observed in the micrographs, see for example [10]. 
The actual geometry deviates from a nominal one 
due to the effect of tensile and contact pressure 
forces during the weaving process. 
Some limitations of the “nominal geometry” 
approach can be addressed by utilizing the more 
realistic as-woven geometry of reinforcement. 
However, reproduction of as-woven geometry 
requires complicated textile mechanics simulations. 
An approach developed by Wang et al. [3,11,12] is 
based on the so-called “multi-chain digital element 
analysis”. The yarns are represented as bundles of 
digital elements which are modeled as a series of 
interconnected rods (similar to FE truss elements), 
see Fig. 3. To obtain the as-woven geometry, 
deformation of the yarns is modeled as a step-by-
step process of applying the tension forces to the 
yarns, subdividing the yarns in more digital elements 
and relaxing the stresses. The contact is simulated by 

 
Fig. 3. DFMA model of 2x2 orthogonal weave (intermediate 

configuration with 4 digital elements per yarn) 
 
the special contact elements. This approach is 
implemented in the Digital Fabric Mechanics 
Analyzer (DFMA, fabricmechanics.com) software 
by the original authors of the method. The output of 
the simulation results is organized as reinforcement 
surface mesh (STL format) or point cloud data. 
Our procedure for development of mesoscale FE 
models for 3D woven composites is based on the as-
woven geometry presented as point cloud data. 
Section 2 discusses the preprocessing of geometric 
data, corrections of the geometrical errors, and 
development of the FE mesh. Section 3 deals with 
assigning material properties, boundary conditions, 
and selection of the solvers for finite element 
simulations. Section 4 provides predictions for 
effective elastic properties of two considered 
reinforcement configurations. In Section 5 we 
evaluate the potential of the 3D woven composites 
to microcrack during resin curing by considering the 
stresses, caused by mismatch in coefficients of 
thermal expansion (CTEs) between resin and fibers, 
when the material cools from curing to room 
temperature. 
 
2 Development of FE Meshes on Mesoscale 

Initial woven geometry of the yarns was exported 
from DFMA software (see [3]) in GEO format. The 
format contains coordinates of points defining the 
reinforcement yarns (“point clouds”). The point 
clouds are organized in sets of cross-sectional 
profiles of each yarn.  
 
Yarn extension to form UC 
One of the problems with generation of the UC 
models from DFMA output data is that the yarn end 
caps in the unit cell are not parallel to the UC 
boundaries, therefore some of the yarns do not reach 
the boundaries of UC. To deal with the issue, we 
make   use   of   the   yarn   periodicity    conditions  
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Fig. 4. Illustration of yarn extension procedure based on the 
duplication of a specified number of profiles and addition of 

them to the beginning and end of the yarns. 
 
implemented in DFMA: the first and the last profiles 
of yarn’s final geometry are of the same shape and 
orientation. This allows for extensions of yarns to 
the boundaries of UC. A Python script was written 
to extend the yarns in both directions. This is done 
by duplicating a specified number of profiles and 
adding them to the beginning and end of the yarn. 
Fig. 4 shows the yarn extension by three profiles in 
each direction (closed loops represent yarn profiles). 
The number of extension profiles is chosen so that 
all end profiles’ points lie outside of the unit cell 
dimensions. Later the excessive yarn elements are 
cut off to form flat unit cell surfaces. 
The extended yarns are then processed in open 
source software package MeshLab (meshlab. 
sourceforge.net) to convert point clouds to triangular 
surface meshes using Ball Pivoting Surface 
Reconstruction algorithm. The triangular surface 
meshes of the individual yarns are saved in STL 
format. 
It is important to check whether periodicity of the 
yarn geometry is satisfied. In some woven 
configurations, yarns protrude beyond the 
dimensions of UC both longitudinally and 
transversely. Since only one copy of each yarn in the 
UC is exported from DFMA software, it may be 
needed to duplicate some yarns to the opposite sides 
of UC to ensure the shape periodicity after the model 
is cut to the UC dimensions. 
 
Yarn interpenetration correction  
The geometric models generated by utilizing DFMA 
and some other reinforcement modeling techniques 
often contain yarn interpenetrations (portions of two 
yarns occupying the same volume in space). Any 
instance of two surface elements penetrating each 
other results in an error during meshing with volume 

elements. Several ways of dealing with this problem 
have been proposed in the literature including semi-
automatic yarn deformation simulations [1], manual 
manipulations (rotations and shape changes) of 
portions of the yarns [8,9], and model-wide 
reductions of yarn cross-section areas [4]. The first 
method involves subdivision of the UC into 
portions, each containing only one instance of 
interpenetration between two yarns and then shifting 
and deforming interpenetrating portions of the yarns. 
This method may be difficult to implement for the 
cases of interpenetrations of several adjacent yarns 
due to the limitation of repair of two yarns at a time. 
This can lead to the lockup of solution because each 
repair affects another interpenetration instance and 
does not allow treating all interpenetrations of a yarn 
simultaneously. The second method requires 
extensive manual processing and may result in 
unrealistic topologies. The third method may lead to 
a significant loss of reinforcement volume fraction. 
The approach to deal with the local yarn 
interpenetration utilized in this paper is based on the 
element-wise penetration detection and correction by 
moving the vertices of the penetrating element 
outside of the penetration zone. Two types of 
penetrations were observed in the considered 
models: “vertex inside element” and “edge inside 
element” (Fig. 5). 
Penetration correction is performed in two steps and 
is implemented in a custom MATLAB code. In the 
first step, the “vertex inside element” type 
penetrations are identified and corrected as follows. 
The algorithm goes through every element in the 
host yarn (yarn whose interior is checked for the 
presence of penetrating vertices) and checks if any 
vertices of potentially penetrating yarns are inside 
the host yarn element. The vertex is considered to be 
inside the element if it is inside the triangular prism 
built from the host element protruding in the direction 
 

 
Fig. 5. Two types of element interpenetration observed in the 

models: a) vertex inside element b) edge inside element 
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Fig. 6. Schematics of identification and correction of the two 

types of element interpenetration 
 
opposite to its external normal vector 1n  (see Fig. 
6a). In this case the vectors connecting the vertex 
with the centers of the prism sides are all within 90 
degrees of the corresponding sides’ internal normal 
vectors. If a vertex is found to be inside the host 
element, it is moved in the direction of host 
element’s normal until a minimum specified 
distance between the vertex and the element is 
established. The movement of the vertices is stopped 
if a potential intersection with other elements of the 
penetrating yarn is detected (“self-penetration” 
check). 
In the second step, the “edge inside element” type 
penetrations are identified and corrected if any are 
left after the first step. The MATLAB code goes 
through every element of the host yarn and checks if 
any of the edges of the potentially penetrating yarn 
elements intersect the host element via ray/triangle 
intersection check. Fast implementation of the 
intersection check algorithm is given in [13]. If any 
edges are found to intersect the host element, the 
vertices comprising the edge are moved along the 
host element external normal until a minimum 
specified distance between the vertices and the host 
element is reached. 
In both steps, the algorithms are dependent on 
several parameters including height of the prism, 
distance searched for potentially penetrating vertices 
and edges, etc. All of these parameters need to be 
tuned for successful penetration correction. Note that 

a different method to repair interpenetrations based 
on the voxel representation of the reinforcement is 
proposed by the authors in [14]. 
 
Meshing of UC 
As discussed above, the yarns are extended to 
protrude beyond UC dimensions to ensure shape 
periodicity on the opposite sides. After all 
penetrations are eliminated, the yarns need to be cut 
to the final UC dimensions. For meshes with a small 
number of elements, this can be achieved using 
SolidWorks or various FE preprocessors. However 
for models with large numbers of elements (in our 
case, more than 250,000) the use of the general 
purpose commercial packages becomes inefficient. 
The authors developed a MATLAB script that goes 
through every element intersected by the cutting 
planes (planes parallel to XZ and YZ coordinate 
planes located at the coordinates corresponding to 
the dimensions of the UC), determines the points of 
intersection, and creates new elements based on 
these and old points.  
Cutting of triangular elements to UC boundaries 
produces new elements, some of which are of bad 
aspect ratios and some even have zero areas. Such 
elements need to be eliminated before proceeding to 
meshing with 3D elements. This is achieved by 
using “MeshOnMesh” function in MSC Patran. This 
step produces uniform mesh that does not contain 
skewed elements. At the same time, this function 
allows for flexible adjustment of mesh discretization 
which is useful for mesh sensitivity studies. The 
final step before volumetric meshing involves 
closing the volume of the yarn surface meshes and 
generating conforming surface mesh of the matrix. 
For this step, free edges of the yarn mesh are 
extracted and used to create yarn end caps and 
matrix boundaries. The final surface meshes of 1x1 
and 2x2 orthogonal yarn configurations without 
matrices are shown in Fig. 7. Meshing of these 
surfaces with tetrahedral linear elements has been 
performed in MSC Patran (see Table 1 for details on 
the final 3D meshes). 
The meshes are imported into MSC Mentat which is 
the graphical pre- and post-processor for MSC Marc 
FE solver. During the import stage, the 
reinforcement and matrix meshes are processed 
separately to preserve the topological features in the 
unit cell. Each yarn is imported as a separate set of 
3D finite elements,  allowing  to  distinguish them in 

n1 n1

a)

n1

n2

n1

n2

b)
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(a) (b) 

Fig. 7. Two woven reinforcement configurations: 
(a) 1x1 orthogonal and (b) 2x2 orthogonal 

 
 

Table 1. Details of unit cell meshes 
 1x1 ortho 2x2 ortho 

# of elements 1,701,378 1,877,323 

# of nodes 295,456 322,377 
 
 
the model and during the post-processing of results. 
The matrix mesh is imported as a single element set. 
 
3 Model Preparation and Implementation 

Periodic boundary conditions 
The obtained FEA models of unit cells are periodic 
in warp and weft directions, and represent the full 
height of the composite in the through-thickness 
direction. To account for the periodicity, servo link 
option is used in MSC Marc to create the following 
nodal ties between the opposite faces of the unit cell 
in weft and warp directions: 

( , )i i iu u i x y     (1) 

where iu  and iu  are the nodal displacements on the 
positive and negative faces, respectively; i  is the 
average displacement in the i -th direction; and x 
and y are the warp and weft directions, 
correspondingly. 
 
Material properties of constituents 
There are two material phases designated in our 
mesoscale models: matrix and reinforcing yarns. The 
matrix phase is RTM6 epoxy with parameters  

  2.9mE GPa ,   0.3m  ,   56 10 1/m K   . The 
reinforcement phase consists of resin impregnated 
12K carbon yarns (12,000 fibers per yarn) with 80% 
volume fraction of fibers within the yarns. Utilizing 
Hashin’s and Schapery’s [15–18] micromechanical 
formulas for unidirectional fiber bundles, the 

following effective properties of the impregnated 
yarns are obtained [2]:  

1 221.4 ,tE GPa  
 
2 12.6 ,tE GPa   

12 7.4 ,tG GPa   
12 0.34,t   

 
23 0.32,t     7

1 2.5 10 1/ ,ta K    
  5
2 1.7 10 1/ta K  . Hereafter, E , G ,   and   are 

the Young’s modulus, shear modulus, Poisson’s 
ratio and thermal expansion coefficient 
correspondingly; direction 1 is longitudinal (yarn 
direction), and directions 2 and 3 are transverse. The 
yarn volume fraction in both models is 
approximately 0.65. 
 
Material orientations within yarns 
The reinforcement material is anisotropic, so the 
material orientations have to be defined. Material 
orientation defines the direction of the principal 
material axes in the element relative to the global 
coordinate system of the FE mesh. 
In our procedure, this information is derived from 
the point cloud data imported from DFMA (see 
Section 2). In addition to the yarn profile outlines, 
DFMA output also contains the center points for 
each of the yarn profiles. These points are 
consecutively connected into a piecewise linear 
curve (polyline). The major principal axis for each 
of the yarn elements is assumed to be coincident 
with the nearest segment of this polyline (see Fig. 8). 
The second principal axis is taken in radial direction 
from the center line to the centroid of the element. 
The third principal direction is defined as the vector 
product of the first two. 
 
 

 
Fig. 8. Assignment of the material orientations for a yarn based 

on the connected center points 
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Analysis settings 
Four linear simulations for each of the constructed 
models were conducted as described in Sections 4 
and 5. They were performed in MSC Marc software 
and took approximately 3 minutes each on a 
workstation with Intel i7-3770 4-core processor and 
32GB of RAM. 
Each simulation was run as a separate job in MSC 
Marc. The job parameters were set as follows: 
residuals and displacements convergence criteria 
with tolerance of 10-4, iterative matrix solver with 
tolerance of 10-6, four manually prescribed 
parallelization domains. It is interesting to note that 
only few of many available options for matrix 
solvers allowed to successfully and reasonably 
quickly perform the simulations. For example, the 
default solver option (multifrontal direct sparse) 
required 8x more CPU time to provide the solution 
than the iterative solvers. Another direct solver 
(PARDISO) performed reasonably fast, however, 
required 5x more RAM memory. The default 
iterative solver (CASI iterative) was not suitable for 
these simulations, because it would not converge 
regardless of the choice of user-defined parameters. 
A short study was performed in effort to identify the 
cause for such a strong dependence on the choice of 
solver. It was found that neither the implementation 
of boundary/periodic conditions, nor the mesh 
discretization caused this issue. However, the 
modification of material properties (reducing the 
contrast in stiffness between constituents) allowed to 
alleviate this issue, indicating that strong anisotropy 
of reinforcement together with its complex 
distribution in space and sharp gradients at the 
matrix/reinforcement interface could be the major 
causes for such numerical instabilities. 
 
4 Effective elastic properties 
Predictions of the overall elastic moduli of the 
composite were found by evaluating its response to 
the applied strain fields. Three loadcases were 
applied to each of the unit cell models to calculate 
Young’s moduli and Poisson’s ratios (shear loading 
response is not reported in this paper). 
Each loadcase was setup to satisfy the periodicity 
conditions on the in-plane faces of a unit cell, while 
the uniaxial strains were applied in x, y and z 
directions consecutively. 
 
 

Table 2. Effective elastic properties of the considered  
3D woven composites 

 Ex, 
GPa 

Ey, 
GPa 

Ez, 
GPa 

νxy νxz νyz 

1x1 54.4 49.9 7.98 0.06 0.47 0.56 

2x2 54.0 69.2 7.54 0.05 0.53 0.47 

 
 
The obtained overall moduli are presented in Table 2 
(direction x is warp, direction y is weft, and z is 
through-thickness). 
 
5 Predictions of residual stresses due to cure 

To estimate the cure-induced stresses in the 
composite, we modeled the curing process as a 
uniform drop in temperature from the resin curing 
temperature of 160˚C to room temperature of 20˚C. 
With this simplified analysis we found distributions 
of the residual stress caused by the difference in 
CTEs between yarns and pure matrix material. The 
so-called parabolic stress (see, for example, [10,19]) 
was used to compare susceptibility of various 
reinforcement architectures to matrix microcracking: 

 2 2if 0

0 otherwise
VM H VM H

PAR

A A   


      


(2)

where VM  is the equivalent (von Mises) deviatoric 
stress, H  is the hydrostatic stress, and A  is the 
material constant found from tests of the neat resin. 
The parabolic stress was calculated during the post-
processing of modeling results (stress tensor 
components output) in MATLAB. In [19] this 
constant was determined for numerical modeling of 
unidirectional carbon/epoxy composites from 
uniaxial tensile and torsion tests. 
Fig. 9 provides distribution of the residual parabolic 
stress  PAR  in the resin. The curve for each material 
shows the percentage of matrix volume with  PAR  
lower than the value indicated at the abscissa axis. It 
can be seen that even though the overall distribution 
of parabolic stresses is similar in the tails (lower 10% 
and upper 5%), the range in-between shows 
significant differences. The magnitude of the stress 
grows much faster from 90 to 120 MPa in the 1x1 
reinforcement compared to the 2x2 architecture. 
This suggests that under similar conditions, the 3D 
woven composite with 1x1 architecture will have 
larger  pockets  with  elevated levels of cure-induced 
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Fig. 9. Distribution of residual parabolic stresses in the matrix 

material  for 1x1 and 2x2 orthogonal reinforcement architectures 
 
 
stresses in the matrix, making this architecture more 
susceptible to the manufacturing-induced cracking 
during the curing process. This observation is 
consistent with the experimental data reported 
previously in [10]. 
 
6 Conclusions 

Realistic FEA models of 3D woven composites on 
the mesoscale are constructed using data from the 
fabric mechanics simulation software. The unit cell 
model development includes extension of the yarns, 
correction of yarn interpenetrations, and assignment 
of material orientations and proper boundary 
conditions. The developed models are successfully 
used to predict effective elastic properties of the 
composites and evaluate their potential to develop 
high residual stresses due to curing. 
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1 Introduction 

Optimization of composite materials properties is 

linked to process optimization [1, 2]. As far as 

thermoset matrix are concerned, the cure 

monitoring, including a real-time adjustment of the 

process parameters, may be appropriate for the 

purpose. The use of an instrumentation embedded in 

the heart of the composite could answer to  this issue 

[3]. Furthermore, this instrumentation could be let 

inside the structure to ensure not only an in-service 

monitoring (SHM) but also a functionalization of the 

composite material itself. 

Different strategies are encountered: sensors used on 

or inside materials but also the material itself used as 

a sensor. Sensors can be used to measure 

mechanical, thermal, rheological, electrical… 

parameters [4-7].   During the curing process 

through, electrical parameters are frequently 

measured thanks dielectrical [8, 9] or resistance 

approaches [10, 11]. But those rarely propose the 

use of the same sensors for SHM purpose. 

The present paper deals with the upstream phase of a 

study aiming at showing the capability to monitor 

the electrical impedance of T700/M21 composites 

from its manufacture phase to the end of its life 

cycle (SHM). The material is used here as a sensor. 

A specific instrumentation was developed to ensure 

accurate electrical impedance measurements in its 

heart. It consists in thin flexible electrodes 

embedded in the manufactured composites. 

The preliminary results show good agreement 

between rheological (viscosity, complex shear 

modulus, degree of cure) and electrical (capacity and 

resistance) measurements during the cure cycle. The 

paper presents the material, the developed approach 

and the analysis of the current results. 

2 Material and cure cycle 

Unidirectional composite samples made from 

Hexcel T700/M21 carbon/epoxy prepegs (used in 

aeronautics and the space industry) are studied here. 

The thickness retained is 2 mm (corresponding to 8 

T700/M21 prepeg plies, each 256 μm thick). 

The resistivity of the T700 carbon fibre [12] is 

around 10
-5

 Ω.m in the range [-100 °C, 150 °C]. 

M21 polymer is an insulator and the frequency 

evolution of its conductivity with temperature 

presented two distinct conduction states [12] (Fig. 

1). At low frequency, a resistive conduction can be 

distinguished, regardless of the frequency, and 

corresponding to extremely high resistivities. In the 

worst case, at 150 °C, minimal resistivity is about 

10
10

 Ω.m, fifteen times greater than the resistivity in 

the fibre. When increasing the frequency the 

electrical conduction becomes capacitive. 

In summary, in a T700/M21 laminate, direct current 

flows only along the fibres and via the inter-fibre 

contact points (percolation points). The higher the 

fibre rate, the lower will be the resistance value. In 

the same way, the high-frequency capacitive 

conduction will enable the inter-fibre capacitive 

conduction (via the resin) to be quantified, so as to 

extract the capacitance sensitive to the matrix and 

voids volume fractions. 

In this study, we are seeking to demonstrate that it is 

feasible to monitor the curing process. Curing was 

therefore carried out in an oven without pressure and 

with a thermal cycle composed of an isothermal 

phase of 120 °C min at 180 °C and with temperature 

rise and fall rates of 2 °C/min (cure cycle 

recommended by the manufacturer). 
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3 Experimental protocol 

This electrical impedance measurement calls for the 

insertion of electrodes, limiting parasitic access 

elements (series and contact interface resistance or 

parasitic parallel capacity) by means of correct 

dimensioning and judicious positioning, in order to 

achieve reliable readings. To this end, we propose 

the use of flexible printed circuits. These are made 

of a 50 µm thick polyimide film (good compatibility 

with the M21 resin) and a 35 µm thick copper/gold-

metallized band. 

The choice of this flexible type of connector takes 

into account the strain parameters of the cure cycle, 

but also reflects the need for an electrode that is 

sufficiently deformable to be able to adapt to the 

mechanical strains at the heart of the material. The 

low thickness and nature of these electrodes means 

that they can be inserted between plies of the 

laminates, without affecting the structure produced. 

In this study, surface-interface flexible electrodes of 

0.5cm² were used. These flexible electrodes will be 

termed “flex” in the rest of this article. 

Three flex were placed transversally to the fibres to 

measure the vertical and diagonal conductions 

through the thickness and were inserted between 

plies 1 and 2 and between plies 7 and 8 of 100 mm 

x 100 mm samples as described in Fig. 2. Thanks to 

these flex inserted directly in the heart of the 

composite, 4- and 2-wire measurements give the 

same value of the composite resistance. The global 

access resistance (electrode/fibre interface and feed 

wire) was less than 1Ω which is negligible compared 

to the composite resistance (over 250 Ω).  2-wire 

measurements were thus undertaken using a Hioki 

IM3570 impedance analyser. 

This method of embedding the sensor in the heart of 

the material enables sensitive measurements to be 

taken of both resistance and capacity, corresponding 

to the standard electric model. The changes in of 

these measured quantities during the cure cycle can 

then be correlated with standard rheological 

parameters. 

A frequency sweep of the sinusoidal voltage (from 

10 Hz to 100 kHz), at constant amplitude, combined 

with a measurement of the alternating current 

(amplitude and phase), enables the frequency 

evolution of the complex electrical impedance (Z) of 

the model to be established. As shown in the 

following equation, at low frequency, the conduction 

is essentially resistive (ZRp) and at high frequency 

the impedance becomes mostly capacitive 

(Z1/Cp.ω). This enables the values of Rp and Cp to 

be extracted. 

 
PP

P

CjR

R
Z




1
 (1) 

Where : RP is the resistance; CP the capacitance; f 

the frequency; ω the angular velocity ( f 2 ). 

From these measurements, the values of the 

resistance Rp measured at 10Hz and that of the 

capacitance Cp measured at 100 kHz were extracted 

for the purpose. 

Knowledge of the sequencing of the different 

mechanisms interacting during the curing process 

makes it possible to predict the evolution of the 

electrical impedance during manufacturing. From a 

theoretical point of view, for a solid material, the 

electrical resistance depends on geometrical and 

material parameters. In this case, the geometrical 

parameter will correspond to the zone covering the 

length of the power lines. 

The resistance depends on the direction of the fibres, 

on the fibres volume fraction and on the percolation 

points between fibres, which will be constantly 

changing during the cure cycle. Fibre displacement 

during the viscous, liquid phase favours the creation 

of percolation points and should induce a collapse in 

the resistance value. From the liquid/gel transition to 

the solidification of the resin, this mechanism 

remains present, but with much slower kinetics. 

Finally, solidification (cross-linking) and the state of 

internal strains (residual thermal strains, among 

others), will immobilize the extension zone of the 

current. 

To all this can be added the dependence of the 

resistivity on temperature (resistivity of the fibres 

and percolation points). As regards the capacitance 

of an insulating material, this is also defined by 

geometrical and material parameters (2). 

e

S
C    

(2) 
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where: S is the inter-fibres effective area ; e is the 

average inter-fibres distance and ε the average value 

of the dielectric permittivity of the resin and 

porosities. 

As with the resistance Rp, the geometric parameters 

(S and e)  and dielectric permittivity ε, will evolve 

during the curing process [13]. The capacitance Cp 

will thus depend on the arrangement of the network 

of fibres during curing and on changes in the 

properties of the resin (resin rate, cross-linking and 

porosity rates). 

Before any measurements, a calibration (Fig. 3) was 

required to determine the inductive effects (self-

series, marked Ls), the resistive effects (series 

resistance of wires, marked Rs) created by the length 

of the feed wires, which were about 5 metres long 

and the capacitive effects (parasitic capacitance 

caused by wire coupling, marked CParasitic). The 

short-circuit impedance measurement gives the 

values of the access series resistance (Rs = 0.7 Ω) 

and the series inductance (Ls <200 nH). The open-

circuit impedance enables to measure the leakage 

resistance of the electrical access ( RLeakage > 350 

MΩ) and the parasitic capacitance (Cparasitic = 40 pF). 

So, those values obtained made it possible to 

guarantee a measurement precision of better than 1% 

for Rp resistances in the range [100 Ω, 5 MΩ] and 

for Cp capacitances ranging from 500 pF to 100 μF. 

A thermocouple was inserted into the heart of the 

composite to follow the changes in of the curing 

temperature inside the material and to compare it to 

the recommended temperature. 

4 Rheological tests and results 

In order to analyze these electrical results and 

correlate them with the different phase changes of 

the material, we compared them to the rheological 

study curves obtained experimentally on a parallel 

plate rheometer (Thermofisher)  and on DSC (T.A. 

Instruments) [14]. 

Rheological analysis enables the following 

parameters to be measured: 

 the dynamic viscosity,  

 the conservation or elastic modulus, G'; 

 the dissipation or viscous modulus, G''; 

 the loss tangent,  
'

"

tan
G

G
 ; 

 the degree of cure, α. 

As described in Fig. 4 four specific zones of interest 

(Z. 1 to Z. 4) and twelve characteristic points are 

highlighted. The first zone (Z. 1) corresponds to the 

heating up phase of the cycle. The point at which the 

resin fluidified was passed (marked PTgi) is 

characterized by a change in the slope of μ. This 

point and the following ones are determined by the 

method of tangents. The curves of the rheological 

parameters exhibit other inflection points and 

minimal points that we can retain for this study: 

 tan()min,1: first minimum point of tan(); 

 PG"1: the first inflection point of G"; 

 PG"min: minimum point of G
"
; 

 tan()min,2 : second minimum point of tan(); 

 tan()1 : the first inflection point of tan() . 

In the second zone (Z. 2) the resin passed from a 

viscous, liquid state into that of an elastic gel. This 

phase change corresponds to a strong increase in the 

viscosity (μ), and in the elastic (G’) and viscous (G") 

moduli leading to a tan(δ) peak corresponding to the 

gel point (marked PG). The cross-linking phase of 

the resin begins from this point. The two inflection 

point of G" and tan() (respectively marked PG"2 

and tan()2) are considered as points of interest for 

the present study. 

The last phase change (Z. 3) shows the vitrification 

point (PV), where the resin passes from an elastic gel 

to a vitreous, viscoelastic solid. At this stage, the 

glass transition temperature of the M21 matrix 

reaches the curing temperature. A modification in 

the reaction kinetics can then be observed. It is no 

longer catalytic, but continues by diffusion. The 

manifestation of this modification appears as a rise 

in G' and μ, as well as a peak in G'' and tan(δ). 

Finally it leads to a plateau corresponding to the end 

of the crosslinking (point marked PF ). The third 

inflection point of G" (marked PG"3) is considered 

as another point of interest here. 

In the last zone (Z. 4) rheological parameters remain 

constant.  

Presentation of the characteristic points is given 

here at the moment of arrival at the isotherm, 

ICCM19 1823



4 

obtained by readings of the thermocouple 

embedded in the laminate. This “time to 

isotherm” is considered as a zero reference of 

time, so as to take account of possible variations 

during a specific curing cycle. 

5 Electrical impedance results 

Measurements of Rp and Cp presented here were 

obtained in the vertical direction (index v) and 

diagonally (index d). In order to refine the 

correlation/detection of characteristic points, an 

analysis was also made of the evolution of absolute 

discrete time derivatives |Rp
’
| and |Cp

’
| plotted in 

logarithmic scale. The results are split up into the 

four previous zones (Z. 1 to Z. 4) and two additive 

zones corresponding to the cooling down (marked  

Z. 5 and to Z. 6) on Fig. 5 and Fig. 6. All the 

corresponding measured characteristic points are 

summarized and compared to the rheological results 

in Tab. 1. 

During the first phase (Z. 1) sensors enter correctly 

into contact with the plies of the prepeg and exhibit 

the maximal values of |Rp
’
| and |Cp

’
|.  After that, Rp 

shows a rapid reduction: ever closer contact with the 

fibres (intimate sensor/fibre contact in the fibre 

planes and via the percolation points) in a resin 

undergoing liquefaction. At the same time, a first 

major peak in Cp is observed: the first major change 

in the viscosity of the resin, the liquefaction phase. 

In this zone, the following points of interest are 

found: 

 tan()min,1: both maxima of |Rp
’
| and |Cp

’
|; 

 PTgi: initial inflexions of Rp and Cp; 

 tan()1: maximum of Cp and end of the linear 

decrease of |Rp
’
|; 

 PG"1: inflection point following the maximum 

of Cp and beginning of the linear behaviour of 

Rp (|Rp
’
| quasi-constant); 

 tan()min,2 and PG"min :  local rise of  Cp between 

its two major peaks;  end of the linear part of  Rp 

(tan()min,2) and inflection point that follows the 

linear part and begins a new behaviour of Rp 

(PG"min); 

The second zone (Z. 2) corresponds to a much 

slower decrease in Rp: rearrangement of the 

fibre/sensor contacts in a progressively hardening 

resin which tends to push the material resistance 

towards its final value [15]. A second major peak of 

Cp is also present: the second significant change in 

the viscosity of the resin, and the first phase of 

cross-linking (before vitrification). In this second 

zone, the following points of interest are found: 

 tan()2 and PG"2: second peak of Cp; 

 PG : inflection point following the second peak 

of Cp and point of return to a rapid decrease in 

Rp. 

However, Rp also shows sensitivity to the cure cycle 

(unlike the capacitance). The passage from the rise 

to the thermal plateau affects it particularly, which 

presents a jump (increase) in the transition zone. 

The third phase (Z. 3) exhibits a homogenous 

decrease in Cp and Rp. The detected characteristic 

points are: 

 PG"3: inflection point of Cp; 

 PV : inflection point of Rp; 

 PF: break of slope of |Rp'|. 

Here Cp is sensitive to the change in the cross-

linking rate, but not to the kinetics of the processes 

underway, engendering a growing state of internal 

strain. These same strains will improve the 

sensor/fibre contact and enable the resistance to be 

sensitive to the vitrification phase. 

The zone 4(Z. 4) presents a constant value for | Rp'|, 

meaning that there is a fixed contact between 

sensors and fibres. 

Zone 5 (Z. 5) shows a linear decrease in Cp 

(|Cp
’
| constant) until the end of the cure cycle, but | 

Rp'| decreases and increases. This last phenomenon 

could be explained by the appearance of residual 

strains at the heart of the material (rise in 

conductivity) during the cooling down period, and 

by the fall in temperature (rise in resistivity). 

Thermal strains may have a greater effect during 

cooling, leading to a drop in Cp. Then, after that, the 

process would be reversed. Residual strains are in 

place and the thermal effect of the cooling becomes 

stronger, leading to an increase in Cp. 

The last zone (Z. 6) corresponds to the cooling down 

of the material after the door of the oven is opened. 

Cp decreases and Rp increases, both more strongly, 

again demonstrating their thermal sensitivity. 
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The obtained results highlight the value of the 

proposed protocol and demonstrate that, with the aid 

of these sensors, complete automation of the 

manufacturing process of composite structures is 

feasible (optimization of the curing cycle by real-

time automatic control). Rp and Cp measurements 

can thus be used to define simple phenomenological 

and more complex multi-physics laws to address this 

issue. This is the main objective of studies 

underway. We will focus on α, µ and G”. Behaviour 

of G’ is indeed directly linked to the one of μ [16] 

and tan(δ) to G" and G’. 

As described in Fig. 7, 1/Rp can be used to define the 

thermal transition between the dynamic mode and 

isothermal mode behaviours of α. Furthermore two 

specific laws could be defined to link α and 1/Rp 

before and after the gel point, PG.  For µ and G”, 

global laws can’t be defined as easily as for α. For 

example, local laws should be defined for each 

phase transition using the corresponding 

characteristic points. 

A first 3-D modelization of the electrical conduction 

throughout the material is also currently undertaken. 

The longitudinal and transverse conduction is 

presently studied in the case of a one ply UD 

T700/M21 cured on a specific substrate enabling 

embedding up to 15 flex. First results expose a weak 

measurement capability of the instrumentation in the 

longitudinal direction of the fibres (Fig. 8) because 

of a low-value Rp (0.6 Ω) and the non-linearity of Cp 

depending on frequency. Rp and Cp would be 

accurately measured within a ply using a transverse 

conduction in the spectral range [1 kHz, 10 kHz] 

where they remains constant and of significant 

values (resp. 1800 Ω and 280 pF). 

The functionalization of the material as a 

temperature or strain sensor can thus be considered. 

Measurements of Rp (in the longitudinal but mainly 

in the transverse conduction) and Cp (in the 

transverse conduction) exhibit a good accuracy and 

linear behaviours with temperature (Fig. 9). Fig. 10 

shows changes in strain sensivity in longitudinal and 

transverse conductions. Only transverse conduction 

can be used for strain measurements: Cp 

measurements show higher response rates (145%, in 

compressive and 563%, in tensile strains) than the 

ones obtained for Rp (resp. 2.3% and 8.5%). 

6 Conclusion and respectives 

In the course of this study, a simple and robust 

instrumentation has been developed using flexible 

electrodes designed to conduct an impedance-metric 

analysis at the heart of a T700/M21 UD carbon 

material used here as a sensor. By using flexible 

printed circuits (flex) and the associated acquisition 

system, it was possible to monitor the evolution of 

the behaviour of this material during its cure cycle in 

an oven. The evolution over time of the measured 

electrical parameters, Rp and Cp, matches the 

evolution of the rheological parameters studied by 

standard methods. Up to twelve points of agreement 

were established with the variation in viscosity, 

dynamic shear moduli, the loss tangent and the 

degree of cure. This instrumentation exposes also a 

good temperature and strain sensitivity. 

It thus appears possible to fit a composite material 

with this instrumentation and to use it not only to 

monitor the curing method, but, better still, to 

control it. By modeling the rheological parameters, 

and equally the physical (fibre/resin and porosity 

rates) and thermal parameters through electrical 

impedance-metric values, it should be possible to 

establish in real time the appropriate moments for 

stopping, modulating or correcting the cure cycle. 

In addition, according to where the electrodes are 

placed, the information obtained can be viewed as 

homogenized (direction longitudinal to the fibres) or 

localized (direction transverse to the fibres). Thus, 

the material could be qualified either in a global 

way, or from a more discriminating point of view, so 

as to identify specific defects. In manufacturing, 

incidents during layup or curing can, for example, 

cause errors in the matrix/fibre or voids volume 

fractions, or even structural defects (delamination, 

imperfect ply-drop etc.). 

Looking beyond the manufacturing stage, electrodes 

at the heart of the material can also act as monitors 

of the health of the composite material during the 

conditioning stage and the service stage (SHM and 

functionalization of the material). A second type of 

modelling will be required to evaluate changes in the 

physicochemical and mechanical parameters that 

will come with aging or damage to the material. 
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Fig. 1.  Evolution of the conductivity of RTM6 resin with temperature (from -150°C to 150°C in steps of 10°C) [12] 
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Fig. 2. Insertion of flexes and schematized path of current lines for vertical (flexes 1 and 2) and diagonal 

measurement (flexes 2 and 3) according to the longitudinal orientation 
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Fig. 3. Calibration of the acquisition system: a- Short-circuit; b- Open circuit 
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Fig. 4. Rheological characteristic points retained for the study 

 

Fig. 5. Analysis of measurements of Rp 
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Fig. 6. Analysis of measurements of Cp 

  

Fig. 7. Correlation between α et Rp 

   

Fig. 8. Spectral impedance measurements longitudinally (left) and transversally to the fibres (right) 
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Fig. 9. Temperature effect in the range [-50°C; 150°C] 

   

Fig. 10.  Strain effect 

 Impedance measurements Rheological measurements Zones 

Points 
Time to 

isotherm (mn) 

Temperature 

(°C) 

Obtention 

 

Time to 

isotherm (mn) 

Temperature 

(°C) 
 

tan()min,1 -64.5 54.5 Cp and Rp -68.5 48.5 

 

 

 

 

1 

 

PTgi -50.5 81.5 Cp and Rp -48 82 

tan()1 -41 100 Cp and Rp -42.5 95 

PG"1 -37.5 106.5 Cp and Rp -38 102 

tan()min,2 -18 145 Cp and Rp -15 150 

PG"min -10.5 160 Cp and Rp -13 155 

tan()2 or PG"2 +5 180 Cp +5 180 
 

2 

PG +11 180 Cp and Rp +11 180 

PG"3 +32 180 Cp +31.5 180  

3 

 
PV +51 180 Rp +51 180 

PF +103 180 Rp +106 180 

Tab. 1. Characteristic points of phase changes for the T700/M21 obtained by rheological tests 

 

Longitudinal conduction  

longitudinale 
Transverse conduction  

longitudinale 

ρfibre(T°C) = 5,2. 10
-5

x(1-4.10
-6

xT) (Ω.m)  

ρ┴(T°C) = 2,2x(1-0,011xT)  (Ω.m) 

CP ┴ (T°C) = 0,82 (1+8.8.10
-4

xT)  (nF) 
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1 Introduction  

Unsaturated polyester resins (UPRs) are 
thermosetting polymers with high crosslink density 
which leads to superior properties for them. On the 
other hand, it results in their brittleness.  In order to 
improve their fracture toughness, incorporation of an 
inclusion is a common method. The inclusion can 
promote energy dissipating processes during crack 
propagation such as localized plastic deformation of 
the matrix, matrix void formation, cavitation of soft 
inclusions (e.g. rubbers), and particle/matrix 
debonding. In addition, the inclusion located in the 
front of the crack tip can perturb crack front during 
propagation. Perturbation of crack front leads to 
crack deflection and/or crack bowing (pinning) 
resulting in an increase in fracture toughness [1].  

Rubber toughening is used as a common technique 
to improve fracture toughness of thermosets. The 
rubbery dispersed phase can result in a significant 
improvement in fracture toughness but at the cost of 
Young’s modulus, compressive strength, and 
thermal stability [2]. Thermoplastic additives and 
nano-reinforcements also can be used for this 
purpose without the expense of other properties, but 
they are not as effective as rubber additives [2].  

In addition, combinations of nanoclay and other 
additives have a synergistic effect to improve 
toughness [3-5]. Therefore, these ternary systems 
have attracted a lot of interest. Recently, we 
introduced novel thermoplastic/thermosetting hybrid 
nanocomposites as a ternary system to improve 
fracture toughness of unsaturated polyester [5]. The 
technique led to a substantial improvement in 
fracture toughness without sacrificing other 
properties. 

In the presence of a secondary phase, the 
morphology of the system plays important roles to 
determine fracture toughness and the mechanisms 
controlling fracture toughness [5,6].  However, a 
few studies have been done into the morphology of 
ternary systems [4,6,7]. In the case of UPRs, 

thermoplastic additives have been widely used as 
low profile additives to control volume shrinkage 
instead of toughening agents [8,9]. To the author’s 
knowledge, there is no study on fracture toughness 
of thermoplastic/clay/unsaturated polyester ternary 
systems; most investigations have looked at the 
effect of thermoplastic/clay combination on volume 
shrinkage. In addition, in our previous work, we 
found that the particle size had significant influence 
on fracture toughness emphasizing the importance of 
the system microstructure. In this work, the effect of 
the morphology on fracture toughness of our hybrid 
nanocomposite systems was investigated.  

2 Experimental 

2.1 Materials 

Cloisite 20A (Southern clay products Inc.) was used 
as the nanoclay. Methyl methacrylate and styrene 
(Sigma Aldrich) were distilled prior using an IKA 
rotary evaporator under vacuum at 30 °C to remove 
the inhibitors. Benzoyl peroxide (Sigma Aldrich) 
was used as a thermal initiator for the thermoplastic 
synthesis and the room temperature initiator 
employed for curing the whole system was methyl 
ethyl ketone peroxide (NOROX, MEKP-925H from 
NORAC Inc.). The unsaturated polyester resin 
(H596-CWA-12, Ashland chemical), is a general 
purpose orthophthalic resin synthesized from maleic 
anhydride, phthalic anhydride, and propylene glycol. 
It contains 45wt% of styrene and 0.1wt% cobalt 
octoate promoter.  
In this work we consider 3 different classes of 
materials: (1) simple polyesters (SP) which contain 
unsaturated polyester and one or two crosslinking 
agents; (2) simple nanocomposites (SN) which 
contain Cloisite 20A in addition to the components 
of class 1; (3) hybrid nanocomposites (HN) which 
contain the thermoplastic additive (copolymer of 
methyl methacrylate and styrene, P(MMA/S)) in 
addition to the components of class 2.  In the name 
of samples, the first number refers to the molar ratio 
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of MMA/St as curing agents and the second number 
refers to clay loading in phr unit.  

2.2 In situ polymerization of thermoplastic 
additive 

The mixture of clay and vinylene monomers (MMA 
and styrene) was prepared as follows. First, dried 
clay (6.3 phr based on the weight of vinylene 
monomers) was mixed with the raw reactants at 
1000 rpm for 1h at room temperature, followed by 
high shear mixing at 7500 rpm for 15 minutes,  slow 
mixing at 500 rpm for 30 minutes, and then another 
15 minutes at 7500 rpm.  The copolymerization of 
MMA and styrene was initiated by adding 0.2 mol% 
of BPO, based on the mole of vinylene monomers, 
and carried out at 65°C under reflux in a nitrogen 
atmosphere while mixing at 300 rpm.  

2.3 Hybrid polyester and nanocomposite 
preparation 

The resin was mechanically mixed with the reaction 
products from in situ polymerization at 1000 rpm for 
3h. MEKP (1wt % based on the weight of the 
UP/St/MMA system) was added and the mixture 
was mixed for further 2 min under vacuum to 
remove air bubbles. The mixture was poured into 
molds, cured at room temperature for 12 h and post-
cured at 110°C for 4h. In order to represent the 
relative amount of MMA and styrene present to act 
as curing agents we use the molar ratio (M/S). A 
ratio of 0.0 indicates that only styrene is present for 
curing. Simple nanocomposites were prepared by the 
direct mixing process. The clay was gradually added 
to the resin and mixed for 8h at 2000 rpm. The 
mixture was cast and cured following the same 
procedure as above. 

2.4 Characterization Methods 

Calorimetry was performed with a differential 
scanning calorimeter TA Q10 on 10mg of uncured 
sample in a hermetic aluminum pan. The isothermal 
reaction rate profile was measured at 25°C, followed 
by a scan from 25-300°C at a heating rate of 
5°C/min to determine the total reaction heat.  

X-ray diffraction analyses were performed using an 
X-ray diffractometer (Philips model X’PER) at the 
low angle range of 2θ with a scanning speed of 1 
°/min. The X-ray source was Cu-Ka radiation (λ= 
1.54 A ˚), using a 50 kV voltage generator and a 40 
mA current. The nanostructure of nanocomposite 
samples were also examined with transmission 

electron microscopy (TEM) using a JEOL JEM-
2100F microscope operating at a 200kV accelerating 
voltage. The samples were cut into thin sections (50-
80 nm thickness) using an ultramicrotome with 
diamond knife. 

Dumb-bell shaped specimens based on ASTM 
D638-82a (type V) were used to determine tensile 
properties on an Instron 3365 (5 kN) testing machine 
at a constant crosshead speed of 1mm/min. Fracture 
mechanic tests were carried out by MTS 312.21 (100 
kN) according to ASTM D5045-99 on sharply 
notched three-point bend specimens at a constant 
crosshead speed of 10 mm/min.  

 A Hitachi S-4700 FE-SEM 2 kV scanning electron 
microscope was used to observe the fracture surface. 
The microstructure study was done by using an 
optical microscope (Variscope). A polishing 
procedure according to ASTM (E2015-4) was used 
for preparation of the optical microscopy sample. 

3 Results and Discussion 

3.1 Micro and nanostructure 

X-ray diffraction patterns and transmission electron 
microscopy (TEM) showed a fine 
intercalated/exfoliated structure for hybrid 
nanocomposites [5]. Based on optical microscopy 
(Figure 1), hybrid samples exhibited particulate 
morphology with thermoplastic-rich domains 
dispersed throughout the continuous thermoset-rich 
phase.  
 
 

 
Fig.1. An optical micrograph of a polished surface of 
hybrid sample HN/0.2/2phr. 
 
TEM verified that the majority of silicate layers are 
located inside the thermoplastic-rich domains [5]. In 
addition, inside the domains, there are thermoset 
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microgels in spherical shapes which are surrounded 
by several tactoids of clay. Therefore, domains 
consist of thermoplastic as the continuous phase and 
thermoset microgels dispersed throughout the 
thermoplastic. Hence, these domains are considered 
as thermoplastic-rich phase. Figure 2 shows a TEM 
image representing the nanostructure of a 
thermoplastic-rich domain in a hybrid sample.   
 
 
 

 
 
Fig.2. A TEM image from hybrid sample HN/0.2/2phr 
representing nanostructure of a thermoplastic-rich domain 
 
 
3.2 Matrix characteristics 
 
In our previous work [5], we found that a parameter 
which significantly influences the microstructure of 
the system is clay loading resulting in a change in 
fracture toughness. In addition, clay may affect 
toughness by altering matrix characteristics although 
the majority of silicate layers are located inside the 
thermoplastic-rich domains.  Two characteristics of 
the matrix affect fracture toughness are: (i) crosslink 
density and (ii) yielding. 

The key parameter changing crosslink density of the 
matrix is the molar ratio of curing agents. During 
mixing procedure, different constituents, especially 
MMA and styrene, diffuse into the thermoplastic-
rich droplets. The presence of clay inside the 
particles affects their diffusion rate resulting in a 
change in the molar ratio of the curing agents 
(MMA/St) in the continuous phase. Consequently, 

the matrix characteristics may be changed by the 
addition of clay. Therefore, a series of experiments 
were designed to find out the effect of (MMA/St) 
molar ratio on the characteristics of unsaturated 
polyester in a simple system without the clay and 
thermoplastic.  

Glass transition temperature is a suitable criterion 
which directly depends upon crosslink density of the 
thermoset in these simple systems. Figure 3 shows 
the Tg of simple polyester samples with different 
molar ratios of MMA/St (0.0, 0.2, 0.4, 0.6, and 0.8). 
The data show the low amount of MMA up to the 
molar ratio of 0.4 slightly increased the Tg indicating 
a minor increase in crosslink density. In contrast, the 
higher molar ratio resulted in a significant reduction 
in the Tg indicating a decrease in crosslink density. 
Therefore, we chose a variation range of 0.1 to 0.4 
for the molar ratio of the curing agents to avoid 
changing in crosslink density of the matrix.  

Tensile strength is also reflecting crosslink density 
of the thermoset. Table 1 presents mechanical 
properties of the simple polyesters. The addition of 
MMA resulted in an increase in tensile strength 
compared to neat UPR (SP/0.0) indicating a slight 
increase in crosslink density which is also confirmed 
by the Tg results. In the presence of MMA, tensile 
strength of all simple polyesters containing different 
amount of MMA is the same, suggesting this 
variation range of the second curing agent 
(0.1<MMA/St<0.4) does not change crosslink 
density (Figure 4).  
 

 
Fig.3. Effect of MMA content on glass transition 
temperature of simple polyesters  
 
The addition of MMA caused a slight increase in 
tensile modulus compared to the neat polyester 
system. In the presence of MMA, the modulus of all 
samples with different MMA contents are almost the 
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same suggesting that the compactness of the network 
in the systems is not affected by MMA content in 
this range of variation.  

The other characteristic of the matrix affecting 
fracture toughness is its localized yielding which 
requires cooporative chain motion and local 
mobility. It strongly depends on the chemical 
structure of the network; therefore, the molar ratio of 
the curing agents may affect it. A criterion to 
evaluate localized yielding of the matrix is inelastic 
strength where its lower value refers to higher 
capability of the matrix for localized plastic 
deformation around the tip of the propagating crack. 
The stress at the onset of inelastic behavior (inelastic 
strength, σi) is calculated by using 0.2% offset strain 
criterion.  
 

 
Fig.4. Effect of MMA content on tensile strength and 
inelastic strength of simple polyesters 

 
Figure 4 indicates that the presence of MMA in the 
network caused a slight reduction of inelastic 
strength compared to neat polyester (SP/0.0) 
suggesting an increase in the potential of the 
network for localized yielding. However, in the 
presence of the second curing agent, different MMA 
contents resulted in the same value of σi .  

Table 1 indicates that the presence of MMA in the 
network resulted in a slight improvement in fracture 
toughness (KIc). In a brittle polymer, the mechanisms 
may control fracture toughness are crazing and 
localized shear yielding (micro-shear band 
formation). In a highly crosslinked thermoset 
system, crazing can not occur since the formation of 
fibrils of the craze structure is severely restricted by 
chemical crosslinks between the polymer molecules.  
Therefore, the only mechanism is localized shear 
yielding. The observed improvement in fracture 
toughness is due to the effect of MMA on localized 
plastic deformation of the matrix in the vicinity of 
the crack tip.  

During crack propagation, there is a concentrated 
stress in the vicinity of the crack tip which can 
exceed yield strength of the polymer leading to shear 
band formation. This localized yielding leads to the 
formation of a plastic zone around the crack tip. In 
the case of thermosets, since the major energy 
dissipating process is matrix plastic deformation, we 
can estimate the plastic zone size in the crack tip 
based on Irwin model where the equation for plane 
strain condition is [10]: 
 

     (1) 

 
where ry, KIc, and σy are the radius of the plastic 
zone around the crack tip, critical stress intensity 
factor, and tensile yield strength respectively.   The 
values of ry for different simple polyester samples 
were presented in Table 1. The presence of MMA in 
the network structure resulted in an increase in the 
size of plastic zone around the crack tip indicating 
higher energy dissipation during crack propagation 
which resulted in the observed improvement in 
fracture toughness.   

The addition of MMA as the second curing agent 
caused a slight increase in both characteristics of the 
thermoset, but different ratios of MMA/St led to the 
same results. Therefore, the matrix characteristics do 
not play important role in controlling fracture 
toughness in this variation range.  

Table 2 shows mechanical properties of systems 
containing clay, thermoplastic or a combination of 
clay and thermoplastic. In general, in the presence of 
an inclusion in a matrix, adhesive strength of the 
interface between two phases play important role in 
tensile strength. The data indicates that the addition 
of the thermoplastic (HP/0.2), clay (SN/0.0/2phr), or 
their combination (hybrid nanocomposites, HN) 
caused a reduction in tensile strength due to the 
imperfect adhesion at the interface between the 
inclusion and the continuous thermoset matrix. In 
the hybrid nanocomposites, the addition of clay 
caused a reduction in tensile strength. Interfacial 
adhesion strength depends on the size of the 
particles where it is increased by a reduction in the 
size of the particles [11]. Table 3 presents the size 
(average diameter) of the thermoplastic-rich 
particles.  The addition of clay up to 2phr slightly 
increased the size of the thermoplastic-rich domains 
resulted in a small reduction in tensile strength. In 
contrast, 3phr clay loading led to a significant 
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increase in the particle size resulted in a substantial 
reduction in tensile strength. 

Comparison of inelastic strength of different hybrid 
nanocomposites indicates that matrix plasticity is not 
changed by clay loading confirming that the 
intensity of localized plastic deformation of the 
matrix is almost the same for all samples. The 
addition of clay slightly increased the modulus of 
the nanocomposites due to its high stiffness relative 
to the organic polymers. This is an advantage of this 
toughening technique compared to rubber 
toughening techniques. 
 
3.3 Fracture toughness and mechanisms 
 
The addition of clay (SN/0.0/2phr) slightly increased 
fracture toughness (Table 3) since the silicate layers 
make a localized tortuous path for crack propagation 
resulting in an increase in the fracture surface area. 
The thermoplastic additive (HP/0.2) makes a second 
phase dispersed throughout the matrix. During crack 
propagation, the thermoplastic-rich domains are not 
rigid enough to resist against crack propagation and 
they are fractured which can be seen in SEM images 
from the fracture surface of this sample (Figure 5). 

Therefore, during crack propagation, plastic 
deformation of the thermoplastic domains occurs.  
This is the major energy dissipating process in this 
system resulting in a slight improvement in fracture 
toughness [5].  Also, SEM images show the 
occurrence of some debonding of the particle/matrix 
which can have a contribution to toughening via 
crack blunting. 
 
In hybrid nanocomposites (HN/0.2), the presence of 
clay inside the thermoplastic-rich domains increases 
impenetrability of the particles. In this case, the 
thermoplastic-rich domains can perturb the crack 
front during propagation. SEM images (Figure 6) of 
the fracture surface of one hybrid nanocomposite 
(HN/0.2/2phr) show that the majority of the 
thermoplastic-rich particles are almost intact after 
fracture. It suggests that these particles act like 
inorganic rigid particulate fillers where the main 
controlling mechanism is crack pinning [13]. In 
SEM micrographs, many thick fracture tails are 
visible behind the particles consistent with pinning 
of the crack front [12].  
 
 

 
 

Table 1. Tensile properties and KIc of simple polyesters with different MMA contents 
Sample Tensile strength 

(MPa) 
Tensile modulus 

(GPa) 
Inelastic strength 

(MPa) 
KIc 

(MPa. m1/2) 
ry 

(μm) 
SP/0.0 61.5 (3.0)a 3.34 (0.06) 36.8 (0.6) 1.15 (0.09) 51.7 
SP/0.1 70.5 (1.8) 3.53 (0.03) 32.3 (0.6) 1.33 (0.07) 90.6 
SP/0.2 70.6 (2.3) 3.56 (0.04) 31.9 (0.2) 1.32 (0.06) 90.7 
SP/0.3 71.8 (2.6) 3.57 (0.06) 32.3 (0.7) 1.31 (0.08) 87.3 
SP/0.4 71.2 (2.2) 3.50 (0.05) 31.5 (0.5) 1.28 (0.05) 87.7 

a: The values in parentheses are standard deviations of the property  from 7 samples 
 
 
 

Table 2. Tensile properties of different systems 
Sample Tensile strength 

(MPa) 
Tensile modulus 

(GPa) 
Inelastic strength 

(MPa) 
SP/0.0 61.5 (3.0)c 3.35 (0.06) 36.8 (0.6) 

SN/0.0/2phra 57.7 (1.3) 3.42 (0.06) 32.6 (0.5) 
HP/0.2b 57.3 (3.2) 3.52 (0.06) 31.0 (0.5) 

HN/0.2/1phrb 56.9 (1.9) 3.35 (0.04) 28.8 (0.7) 
HN/0.2/2phrb 52.9 (1.3) 3.41 (0.04) 29.06 (0.9) 
HN/0.2/3phrb 42.7 (1.5) 3.40 (0.06) 27.5 (1.5) 

a: Simple nanocomposite without thermoplastic 
b: All hybrid systems contain 7wt% the thermoplastic 
c: The values in parentheses are standard deviations of the property  from 7 samples. 
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Table.3.  KIc and r/c of different samples 

Sample Particle 
Diameter (2r) 

(μm) 

Interparticle 
distance (c) 

(μm) 

r/c KIc 
(Mpa.m1/2) 

HP/0.2 3.40 (1.4) 9.02 (2.7) 0.19 1.42 (0.05) 

HN/0.2/1phrc 4.10 (0.9) 8.23 (4.2) 0.25 1.52 (0.08) 

HN/0.2/2phrc 5.35 (0.7) 9.09 (4.6) 0.29 1.83 (0.06) 

HN/0.2/3phrc 10.48 (3.5) 14.27 (10.3) 0.37 1.59 (0.07) 

a: All samples contain 7wt% thermoplastic 
b:The values in parentheses are standard deviations of the property  
c:All hybrid nanocomposites contain 7wt% the thermoplastic  

 
 

 

 
(a) 

 
(b) 

Fig.5. SEM images of fracture surface from sample 
HP/0.2 with two magnifications. The arrow indicates 
direction of fracture. 

Although the major mechanism controlling the 
fracture toughness in hybrid nanocomposite systems 
is crack pinning, debonding of the particles from the 
matrix (breakdown of the particle/matrix interface)  

(a) 

 
(b) 

Fig.6. SEM images of fracture surface from sample 
HN/0.2/2phr with two magnifications. The arrow 
indicates direction of fracture. 

is also likely. This leads to a reduction in the 
effectiveness of crack pinning, but results in crack 
tip blunting and unstable propagation which can 
increase the fracture toughness [13].  
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Table 3 indicates that 2 phr clay is the optimum 
content of clay in the hybrid nanocomposite systems 
to improve fracture toughness. For crack pinning, 
impenetrability of the inclusions is important. 
Probably, lower clay loading (1 phr) does not 
contribute enough rigidity to the thermoplastic-rich 
domains to perturb crack front during propagation. 
Therefore, crack pinning can not completely occur 
resulting in lower fracture toughness. On the other 
hand, higher clay loading (3 phr) resulted in lower 
fracture toughness which is likely related to the 
microstructure. 

3.4 Effect of the microstructure 

In crack pinning mechanism, in addition of 
impenetrability of the inclusions, their size and 
interparticle distance influence fracture toughness. 
In the previous work [5], we found that clay affects 
the size of the thermoplastic-rich domains. 
Therefore, in this work, three clay loading (1, 2, and 
3phr) were applied to evaluate the clay effect on 
both the size and distribution of the thermoplastic-
rich domains.   

Table 3 shows an increase in the size of the 
thermoplastic-rich particles by the addition of clay. 
To interpret the clay effect, the microstructure 
development in these systems must be understood. 
During mixing of the unsaturated polyester resin 
with the thermoplastic/clay mixture, small droplets 
of the thermoplastic mixture are formed. Small 
molecules of curing agents (MMA and styrene) can 
diffuse into the droplets faster than unsaturated 
polyester (UP) molecules. Consequently, these 
droplets are first swollen by curing agents 
monomers. This swelling phenomenon makes more 
opportunity for UP molecules to diffuse into the 
droplets. Therefore, these thermoplastic-rich 
droplets contain all constituents. The presence of 
exfoliated clay inside the droplets causes an increase 
in their viscosity. Higher viscosity of the droplets 
compared to that of the continuous phase leads to an 
increase in the resistance of the droplets against 
shear stress during mixing. As a result, the size of 
the droplets attained during the mixing and will be 
higher when clay is present [5]. In addition, the 
presence of silicate layers restricts the mobility of 
unsaturated polyester molecules to diffuse out of the 
droplets during phase separation resulting in an 
increase in the particle size. The final size of the 
droplets after curing will then depend on the size of 
the dispersed phase before solidification, the rates of 
diffusion of constituents  in and out of the 
thermoplastic-rich phase under quiescent conditions.   

According to crack pinning mechanism, the growing 
crack is pinned by the particles causing the crack 
front to bow out between the particles. Therefore, 
toughening results from the particles impeding crack 
propagation. After bowing, crack keeps propagating 
and after a distance of about one particle diameter, 
the crack front breaks free and again it makes a line 
shape [14]. In this case, two distances become 
important to control toughening which are: (i) the 
interparticle distance and (ii) the distance that the 
crack propagates along the particles before breaking 
free which is called critical propagation distance. 
The former one is linked to the particle 
concentration and diameter. Fracture toughness is 
increased when the interparticle distance decreases 
and the critical propagation distance increases [14]. 
Therefore, distribution of particles plays an 
important role in fracture toughness. Table 3 
presents the interparticle distance and its standard 
deviation, which represents the non-uniformity 
degree of interparticle distance, in samples 
containing different clay loading. Clay loading up to 
2phr did not significantly change the interparticle 
distance and heterogeneity of particle distribution. In 
contrast, higher clay loading (3phr) led to a sudden 
increase in the interparticle distance and its standard 
deviation referring to non-uniform distribution of the 
thermoplastic-rich domains. It means some areas are 
free of particles whereas dense aggregations of 
particles exist in other spots. Consequently, the 
sample with higher clay loading (3phr) has lower 
fracture toughness compared to the sample with 
uniform distribution of the particles (2 phr clay 
loading). 

Different theories have been proposed to predict the 
effect of these parameters on toughening such as 
Evans’ model [13]. He suggested a correlation 
between the ratio of the particle size, radius (r), to 
interparticle distance (c) and KIc. His model predicts 
an increase in fracture toughness by increasing r/c. 
In some cases, a maximum in the relationship 
between toughness and the volume fraction of 
inclusions, which affects r and c, was reported which 
can not be predicted by Evans’ model. Rose [15] 
suggested an alternative analysis which is in better 
agreement with the experimental observations. An 
increase in the particle size increases fracture 
toughness, however there is an optimum interparticle 
distance for each specific particle size. In our 
system, the addition of clay caused the increase in 
the particle size, but fracture toughness of the 
sample containing 3phr is reduced in spite of 
containing the biggest particles. Heterogeneity of 
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particle distribution in this sample caused the 
reduction in fracture toughness by decreasing the 
portion of crack front perturbed by the particles. In 
all crack pinning models, the effect of heterogeneity 
of particle distribution was not considered whereas  
uniform and regular distribution of the particles was 
assumed. However, our results show that particle 
distribution significantly influences fracture 
toughness which calls for more investigation. 

In addition, other material variables must be 
evaluated while they have the minimum effect on 
other factors affecting fracture toughness, such as 
the matrix characteristics and penetrability of the 
particles, but at the same time, they change the size 
and distribution of the particles. In that case, a 
correlation between microstructure characteristics 
and fracture toughness can be found.  

4. Conclusion 

Clay affected fracture toughness by changing the 
microstructure and fracture mechanism without a 
significant effect on crosslink density and localized 
yielding of the thermoset matrix. The presence of 
clay in the thermoplastic-rich domains influences the 
impenetrability, size, and distribution of the particles 
which are significantly important in crack pinning 
mechanism. The lower clay content (1 phr) was not 
enough to increase impenetrability of the particles 
for perturbing the crack front during propagation. 
On the other hand, the higher clay loading (3 phr) 
caused non-uniform distribution of particles resulted 
in low fracture toughness. Hence, 2 phr clay is 
optimum loading to promote crack pinning resulting 
in a significant improvement in fracture toughness.  

5 References 
[1] K. T. Faber, A. G. Evans, “Crack deflection 
processes- I. Theory”. Acta Metall, Vol. 31, No. 4, pp 
565-576, 1983 
[2] CK. Riew, AJ. Kinloch. “Toughened plastic I”. 
Advances in chemistry series, The American Chemical 
Society, 1993 
[3] M. Hernandez, J. D. Rumeau.“Influence of processing 
conditions and physicochemical interactions on 
morphology and fracture behaviour of a 
clay/thermoplastic/thermosetting ternary blend”. Journal 
of Applied Polymer Science, Vol. 118, pp 3632-3642, 
2010 
[4]A. Asif, V. Lakshmana Rao, K. N. Ninan, 
“Preparation, characterization, thermo-mechanical, and 
barrier properties of exfoliated thermoplastic toughened 
epoxy clay ternary nanocomposites”. Polymers for 
Advanced Technologies, Vol. 22, No. 4, pp 437-447, 2011 

[5] S. Chaeichian, P.M. Wood-Adams, S.V. Hoa. “In situ-
polymerization of polyester-based hybrid systems for the 
preparation of clay nanocomposites”. Polymer, Vol. 54, 
No. 5, pp 1512-1523, 2013 
[6] C. B. Bucknall, I. K. Partridge, M. J. Philips. 
“Morphology and properties of thermoset blends made 
from unsaturated polyester resin, poly(vinyl acetate) and 
styrene”. Polymer, Vol. 32, No. 5, pp 786-790, 1991 
[7] L. Lsik, U. Yilmazer, G. Bayram. “Impact modified 
epoxy/montmorillonite nanocomposites: synthesis and 
characterization”. Polymer, Vol. 44, No. 20, pp 6371-
6377, 2003 
[8] M. H. Beheshty, M. Vafayan, M. Poorabdollah. “Low 
profile unsaturated polyester resin-clay nanocomposite 
properties”. Polymer Composites, Vol. 30, No. 5, pp 629-
638, 2009 
[9] C. P. Hsu, M. Kinkelaar, P. Hu, L. J. Lee, “Effects of 
thermoplastic additives on the cure of unsaturated 
polyester resins”. Polymer Engineering and Science, Vol. 
31, No. 20, pp 1450-1460, 1991  
[10] G. E. Dieter, “Mechanical metallurgy”. Mcgraw Hill, 
Third edition, 1986 
[11] M. H. Zhang, J. K. Chen, “Analysis of interfacial 
fracture strength of an inclusion in polymeric composite 
considering cohesive force”. Computational Materials 
Science, Vol. 61, pp 6-11, 2012 
[12] J. Spanoudakis, R. J. Young, “Crack propagation in a 
glass particle-filled epoxy resin”. Journal of Materials 
Science, Vol. 19, No. 2, pp 473-478, 1984. 
[13] A. C. Moloney, H. H. Kausch “Parameters 
determining the strength and toughness of particulate 
filled epoxide resins”. Journal of Materials Science, Vol. 
22, No. 2, pp 381-394, 1987 
[14] D. A. Norman, R. E. Robertson, “Rigid-particle 
toughening of glassy polymers”, Polymer, Vol. 44, pp 
2351-2362, 2003. 
[15] L. R. F. Rose, “Toughening due to crack-front 
interaction with a second-phase dispersion”, Mechanics of 
Materials, Vol. 6, pp 11-15, 1987. 
 

 

 
 
 

ICCM19 1838



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  
Polymeric materials combined with a small amount 
of nanoparticles offer new possibilities in the 
synthesizing of multifunctional materials. Polymers 
are an ideal matrix to greatly benefit from the 
addition of nanofillers because they are currently 
limited in their applications due to their low 
mechanical properties and low thermal and electrical 
conductivities. However, polymers have significant 
advantages such as their ease of processing, low 
density and cost effectiveness.  
 
A microporous multifunctional polymer (e.g. foam) 
would be even more attractive for aerospace 
applications if a balance between structural 
properties and multifunctionality can be achieved. 
Recent discoveries in carbon-based nanostructures 
make them an ideal multifunctional nanofiller 
because of their excellent properties. Different 
carbon nanofillers have been utilized in polymer 
foams to improve mechanical properties such as 
carbon nanofibers and carbon black in polyurethane 
foams [1,4] and carbon nanotubes in polyurethane 
and poly(methyl methacrylate) foams [2-3]. 
Nanoclays have also been utilized in various flexible 
and rigid polymer foams [5-6]. These various 
nanofillers have been found to improve the 
mechanical strength and physical properties of the 
foam. In addition using electrically conductive 
carbon fillers has resulted in foams that have a lower 
resistivity and show promise as electromagnetic 
interference (EMI) shielding devices [7-11]. The 
potential applications for a lightweight electrically 
conductive polymeric material extend to use as 
electrostatic discharge protection materials, actuators 
and photoconductors [10]. 
 
Graphene is one such carbon filler that has the 
potential to greatly improve the performance of 

polymer foams. Not only does this material exhibit 
excellent mechanical properties and electrical 
conductivity but it also has high thermal 
conductivity, which expands the use of a 
multifunctional composite to a thermal heat sink. In 
addition graphene can be made at cost-effective 
prices compared to other carbon-based nanofillers. 
Expanded graphite has successfully been used in 
polyurethane composites alone and with carbon 
black to increase conductivities but also 
demonstrated significantly degraded mechanical 
properties believed to be due to particle 
agglomerations [12-13]. This research focuses on the 
reduction of agglomeration by better understanding 
the relationship between graphene nanoplatelets and 
a polymer matrix thereby creating a multifunctional 
low density material with good mechanical 
performance and low electrical resistivity. 
1.1 Polyurethane foam  

Polyurethane foam utilized as the matrix in a 
microporous polymer, which has a well-studied 
chemistry, can be synthesized easily by combining 
two reactive components with a blowing agent that 
allows the polymer to cure and foam simultaneously. 
The structure-processing-property relationships for 
polyurethane foams are well known and the 
constituents are commercially available making it an 
ideal matrix for investigation. 

1.2 Graphene Nanoplatelets 

The nanofiller utilized in this work is a graphene 
nanoplatelet. Graphene is a single layer of graphite 
and consists of a hexagonal arrangement of sp2-
hybridized carbon atoms. This structure is 
responsible for the excellent in plane thermal, 
electrical, mechanical and barrier properties of 
graphene. Currently the challenge with graphene is 
its high cost of synthesis that limits its applications. 
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A novel process developed at Michigan State 
University can produce a 3-15 nm thick stack of 
graphene nanoplatelets (GnP) with lateral 
dimensions in the micrometer range at low cost. The 
GnP still maintain a high tensile modulus of  ~1000 
GPa, high electrical, 107 S/m, and thermal, 3000 
W/m-K, conductivities in a more robust form 
consisting of a few layers of graphene stacked 
together [14]. The thickness can be kept in the 
nanometer range with increasing lateral dimensions 
giving it a variable aspect ratio.  

2 Experimental Procedures 

2.1 Materials 

Polyurethane forms by a condensation 
polymerization between isocyanate and hydroxol 
groups. The isocyanate, supplied by Huntsman,  is a 
polymeric diphenylmethane diisocyanate (Rubinate 
M, NCO value: 31.1%). The hydroxyl groups are a 
polyol mixture of polyether diols with differing 
amounts of hydroxyl content (Jeffol G30-650, 
Mn~260 and Jeffol FX-231, Mn~700) both also 
supplied by Huntsman and mixed with ethylene 
glycol according to the formulation shown in Table 
1. Air Products kindly supplied the blowing and 
trimerization catalyst (Dabco BL-11 and Dabco 
TMR-3) as well as the polysiloxane surfactant 
(Dabco DC193). Distilled water is used as the 
blowing agent. A rigid, 0.19 g/cm3, closed cell 
polyurethane/polyisocyanurate (PUR/PIR) foam is 
generated using these components according to the 
formulation shown in Table 2. The isocyanate reacts 
with the water to produce carbon dioxide during 
polymerization to generate the foam. The varying 
sizes and thickness of GnP were supplied by XG 
Sciences and were initially heat treated at 450°C for 
2 hours prior to being utilized. 
 
2.2 Procedure 
 
Two different procedures were employed using 
these materials. One procedure generates 
polyurethane foam and the other produces a 
monolithic polymer when the blowing agent is 
removed from the formulation. In both procedures 
the polyols and ethylene glycol are combined and 
mixed for 2 hours. Then the two catalysts, surfactant 
and blowing agent are added and mixed for 1 hour to 
generate the foam. For the solid polyurethane 

sample only the trimerization catalyst is added at the 
ratio listed in Table 2 and stirred for 1 hour. The 
polymeric diphenylmethane diisocyanate (pMDI) is 
poured into a separate container. GnP is added to the 
polyol mixture and the polymeric diphenylmethane 
diisocyanate (pMDI) reactant separately. Each 
component is then high-speed shear mixed at 1600 
rpm for 1 minute and 2400 rpm for 2 minutes. After 
shear mixing the GnP is ultrasonicated in the 
individual reactants with a probe at ~100 W until 
well dispersed. The dispersion of the GnP in the 
polyol blend is evaluated with a reflectance optical 
microscope prior to the mixing of the two reactants; 
an example of which is shown in Fig. 2. Once the 
polyol blend and pMDI mixture are combined they 
are mechanically stirred for 45 seconds before being 
poured into a mold and allowed to cure overnight. 
 
Some samples contain pMDI treated GnP. The 
pMDI treated GnP were synthesized by first heating 
the GnP to approximately 150°C before adding 
pMDI. This solution was allowed to react with the 
GnP for either 1 hour or overnight at 150°C. The 
GnP is then repeatedly washed with acetone to 
remove excess pMDI before the GnP is dried. 
 
2.3 Testing Methods 
 
Nanocomposite foam is a three phase system 
consisting of the polymer matrix, nanofiller and gas. 
The goal of removing the blowing agent from the 
polyurethane samples was to gain insight regarding 
how the GnP interacts with the polymer matrix, so it 
became necessary to decrease the vast volume 
expansion that occurs during foaming to get an 
accurate representation. Thermal properties were 
measured with differential scanning calorimetry 
(DSC) and thermogravometric analysis (TGA) and 
were compared with images of the dispersion. These 
dispersion images were made on a field emission 
scanning electron microscope (FESEM) and the 
samples were coated with gold prior to being cut 
with a focused ion beam (FIB). FIB uses a focused 
beam of gallium to cut through materials to get an 
accurate representation of the dispersion. The 
functional groups on the pMDI treated GnP were 
characterized using x-ray photoelectron microscopy 
(XPS). The foam samples had the same thermal and 
imaging tests performed as well as mechanical and 
electrical resistivity testing. The mechanical testing 
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was done on United Testing Systems mechanical 
load frame. Four test samples were cut from each 
foam. Each sample was 2.54 cm x 5.08 cm2 and 
compressed according to the procedure outlined in 
ASTM standard D1621-04a. The electrical 
resistivity measurements were done using a two-
point probe on three test samples measuring 40 mm 
x 10 mm x 3 mm. 
3 Results and Discussion  

3.1 Results  

Several types of GnP have been embedded into the 
polymer foam matrix. GnP-25 and GnP-5 designate 
GnP with an average diameter of 25 µm and 5 µm, 
respectively, and a surface area of around 120 m2/g. 
GnP-C-750 is a high surface area material with 
diameters of less than 1 µm and surface area of 750 
m2/g. “Standard” designates a sample made without 
GnP. 

3.2 Discussion  

There is a definite correlation between the electrical 
and mechanical properties. In general it appears that 
samples with good electrical contact do not have 
good mechanical properties and in some cases even 
degrade it. Ideally GnP would improve both the 
polymers mechanical and electrical properties. 
Electrical behavior relies on the ability of the GnP to 
form a conductive pathway (percolated network), 
which suggests the GnP needs to have at least point-
to-point to contact to allow electron transfer or be 
close enough to facilitate electron tunneling. 
Agglomerations would not necessarily degrade 
electrical conductivity but for the sake of mechanical 
properties it is to be avoided as much as possible 
because they considerably degrade the mechanical 
performance of the polymer. Even with the 
assistance of ultrasonication to disperse GnP into the 
reactants, agglomerations were still observed and 
reflect the negative correlation between mechanical 
and electrical properties in Fig. 5 and 6. The smaller 
GnP-5 platelets produce the largest increase in 
compressive modulus and strength. The larger GnP-
25 platelets are less effective at increasing the 
mechanical properties but blends of the two sizes 
show a synergistic effect. A decrease in electrical 
resistivity is achieved and is found to depend heavily 
on the aspect ratio of the GnP. The percolation 
threshold for GnP-25 is at 4 weight percent, whereas 

with a smaller GnP size a larger concentration is 
required to achieve percolation. The blends of the 
two sizes again show a synergistic effect but still 
resulted in agglomerations and thereby mechanical 
degradation. 
 
In order to reduce agglomeration the chemical 
interaction between GnP and the polymer matrix 
was investigated. This was achieved using the lab 
formulation mentioned previously by simply 
removing the blowing agent and blowing catalyst. 
The polysiloxane surfactant was also removed from 
this synthesis, as its purpose is to create a uniform 
blowing morphology and could potentially influence 
how the GnP interacts with the polymer matrix. 
Thermal degradation behavior was observed with 
TGA but little change was found between the 
samples with varying concentrations. There were 
four peaks observed on the degradation profile. The 
first peak is around the decomposition temperature 
of pMDI, which shows that not all the isocyanate 
reacts to form urethane. The peaks at 300°C have to 
do with the decomposition of urethane [15]. Higher 
decomposition temperatures at around 400°C are 
due to the isocyanurate trimer and urea decomposing 
[16]. Anything above 450°C is the decomposition of 
GnP. 
 
Observations of the glass transition temperature 
were far more insightful in determining the effects 
that GnP has on the molecular structure of the 
polymer. The changes in the glass transition 
temperature (Tg) were measured with the DSC and 
interesting phenomenon was observed between the 
varying concentrations in the solid polymer samples 
shown in Table 4. 
 
The glass transition temperature of a standard non-
foam sample without blowing agent was found to be 
118.1°C. This is very close to the samples with GnP 
and suggests that the GnP interacts slightly with the 
polymer matrix and may even interfere with the 
amorphous regions ability to become more flexible 
and rubber-like upon heating. There is, however, 
some reaction with the pMDI treated GnP that 
allows the pMDI or some derivative to adhere to its 
surface and further interact with the polymer matrix 
thus allowing the glass transition to shift to lower 
temperatures. To determine what chemical groups 
were on the surface of the pre-treated GnP, XPS was 
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employed. There are oxygen groups, mostly 
hydroxyl groups, on the edges of ‘as received’ GnP 
as confirmed with XPS. Since hydroxyls groups can 
react with isocyanate it became necessary to 
investigate which groups formed on the edges of the 
GnP after reacting with pMDI. The nitrogen 1s 
spectra for the GnP after reacting with pMDI for 
over 12 hours is shown in Fig. 8.  
 
For pMDI reacted GnP three peaks were found to 
appear in the nitrogen spectra. Since baked GnP 
contains no nitrogen groups it was assumed that the 
nitrogen groups result solely from the reaction of the 
pMDI with the GnP. By comparing these nitrogen 
spectra to the nitrogen spectra of a urethane sample 
it was confirmed that the central peak at 400 eV is 
from the urethane group. As urethane reacts and 
forms during the polymerization process other 
polymers such as polyurea and biuret form. These 
are probably responsible for the higher binding 
energy peak. The lower energy peak is likely 
unreacted pMDI that is instead adsorbed on the GnP 
surface. 
 
Since urethane groups form on the surface of the 
GnP it is not surprising that they interact more with 
the polymer matrix on a molecular level as seen 
from the changes in the glass transition temperature. 
The change in the glass transition temperature with 
pMDI treated GnP-5 is larger than that with the 
pMDI treated GnP-25 even though the glass 
transition temperature for the non-treated GnP 
between the two sizes was similar. With GnP-5 there 
are more edges thereby edge groups to react with, 
but the concentration of the total nitrogen groups on 
the GnP-5 was less compared to the GnP-25. 
However, the majority of nitrogen groups on the 
GnP-5 are urethane, which may just have a stronger 
interaction with the molecular network.  
 
Since the goal of this research was to create a 
conductive network without degrading the 
mechanical properties, the percolation threshold 
must be exceeded. Particles with a larger aspect ratio 
achieve this at a lower concentration [7], but have a 
tendency to agglomerate. It was found that all sizes 
of GnP easily agglomerated and restacked even in 
samples without blowing agent. So pre-treating with 
pMDI was done in hopes that the GnP could be 
dispersed without agglomeration.  

 
Fig. 9 shows that the GnP still tends to stack 
together even with pMDI pretreatment, which is not 
necessarily surprising since the urethane only forms 
on the edges of the GnP and not the basal plane were 
the van-der-Waal forces would be strongest. 
Functionalizing the basal plane is not a good 
strategy since it is responsible for the excellent 
mechanical, electrical and thermal properties of the 
graphene. 
 
This same sort of behavior was observed in the foam 
samples. Two types of phenomenon happen during 
foaming: expansion causes the distance between the 
GnP to increase, but at the same time GnP is being 
compressed together radially forming a 3D cell 
structure (Fig. 10). The addition of GnP affects the 
foaming behavior, possibly due to the increase in 
viscosity, which is observed in the change in the 
exothermic reaction during gas evolution (Fig.13).  
 
The expansion during foaming of the polymer did 
not create enough of a shear stress to force the GnP 
to orient in desired ways regardless of the size of the 
GnP as can be seen in Fig. 12. The GnP-C-750 is the 
smallest diameter of GnP and is ideal for going into 
the thin struts (< 4 µm thick), which they 
successfully do, but from Fig. 12 it can be seen that 
the GnP-C-750 still lies perpendicular to the 
expansion direction. 

Pre-treating the GnP with pMDI prior to adding to 
the foam seems to offer little improvement over 
agglomeration. The pMDI treated GnP used in the 
foam was reacted for less time (1 hour) and resulted 
in more of the functional groups on the GnP being 
urethane as shown in Table 5. This functionalization 
did not reduce agglomeration, however, as seen from 
the FESEM images, but there was marked 
improvement in the mechanical properties which 
may be attributed to the edge groups of the GnP 
bonding better with the polymer matrix. The 
bonding, however, is not strong enough to force the 
GnP to reorient along the flow direction during 
expansion. 

4 Conclusions and Future Work  

This research has shown that the addition of GnP to 
a polyurethane matrix has the potential to improve 
the mechanical properties and electrical conductivity 
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of a rigid, 0.19 g/cm3 PUR/PIR foam. The biggest 
challenge is reducing the GnP agglomeration. A 
perfect conductive network would be one in which 
the percolation threshold is achieved at the lowest 
concentration of GnP and would maintain 
mechanical performance which has yet to be 
achieved. This research, though, has confirmed the 
importance of aspect ratio in the formation of a 
conductive network. Larger sized GnP is able to 
achieve lower resistivity at lower concentrations. 
However, smaller sizes of GnP do a better job of 
getting into thin struts but still do not oreint along 
the flow direction.  

Information gleaned from this work regarding the 
interaction of GnP with a polymer foam will be used 
in investigating a nanocomposite foam using 
polydimethylsiloxane (PDMS) matrix. PDMS is a 
common polymer used in aerospace applications due 
to its good mechanical flexibility at low 
temperatures. Functionalization of the GnP will be 
investigated since this polyurethane research has 
shown that there needs to be a strong interaction 
between the polymer and the GnP for it to orient in 
the flow direction during expansion. Since good 
electrical contact is still desired in these PDMS 
samples differing sizes of GnP will be investigated 
including hybrids of different sizes and 
functionalities of GnP. The overall goal of this 
research is to create PDMS nanocomposite foams of 
optimal performances with tailorable properties for 
specific aerospace applications. 
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Fig. 1. Scanning electron microscopy (SEM) image 
of a graphene nanoplatelet on filter paper. 

Table 1 Ratio for mixing the differing polyol components. 
Polyol blend component Concentration (parts) 
Jeffol FX-231 70 
Jeffol G30-650 15 
Ethylene Glycol 15 

Table 2 Formulation for making the rigid 12 lb/ft3 
PUR/PIR foam. 
Component Concentration (pphp) 
Polyol blend 100 
Dabco DC193 0.8 
Dabco BL-11 0.05 
Dabco TMR-3 0.6 
Distilled water 0.4 
Polymeric MDI 158 

 

 
Fig. 2. Reflectance optical microscope image of 6 wt% 
GnP-25 in polyol blend that contains no blowing agent. 
 

 
Fig. 3. Compressive strength of rigid PUR/PIR foam with 
varying concentrations and sizes of GnP. 

 
Fig. 4. Elastic properties of rigid PUR/PIR foam with 
varying amounts and sizes of GnP. 
 

 
Fig. 5. Electrical resistivity of PUR/PIR foam at varying 
concentrations and sizes of GnP. 
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Fig. 6. Mechanical Properties of a rigid 12 lb/ft3 
PUR/PIR foam from a commercial system by Stepan. 

 
Fig. 7. Electrical resistivity of a rigid 12 lb/ft3 PUR/PIR 
foam made from a commercial system by Stepan. 
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Fig. 8. PUR/PIR rigid with 5 wt% pMDI treated GnP-25 
no blowing agent. 

Table 3 Glass transition temperature determined from the 
DSC profile of rigid PUR/PIR with GnP and without 
blowing agent 

Non-foam samples Tg (°C) 
Standard 118.1 
5 wt% GnP-25 119.6 
5 wt% pMDI treated GnP-25 117.3 
8 wt% GnP-5 119.9 
8 wt% pMDI treated GnP-5 112.7 

 

12XPS2121.spe: Dee PDMI GnP-25 Company Name

2012 Oct 23  Mg std  400.0 W  0.0   45.0°  58.70 eV 1.4476e+004 max 3.35 min

N1s/Full/1 (Sat Shft)

394396398400402404406408410412414

0.9

1

1.1

1.2

1.3

1.4

1.5

x 10
4 12XPS2121.spe

Binding Energy (eV)

c/
s

Pos.    Sep.  %Area
399.26  0.00  31.68
400.15  0.90  56.26
401.35  2.09  12.06

 
Fig. 9. Nitrogen 1s spectra of pMDI treated GnP-25 
reacted for over 12 hrs. 
Table 4 Concentration for different nitrogen groups on 
GnP pretreated with pMDI. 

N 1s spectra 
peak 

Concentration 
GnP-5 

(atomic %) 

Concentration 
GnP-25 

(atomic %) 
401.3 0.56 0.62 
400 2.52 2.90 
399 0.38 1.63 
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Fig. 10. SEM image of a focused ion beam (FIB) cut of a 
strut of a PUR/PIR sample containing no blowing agent 
with 5 wt% GnP-25. 

 
Fig. 11. FESEM image of PUR/PIR rigid sample with 5 
wt% pMDI treated GnP-25 and no blowing agent. 

 
Fig. 12. FESEM image of PUR/PIR 12 lb/ft3 rigid foam 
with 8 wt% GnP-C-750. 
 

 
Fig. 13 Temperature profile of a rigid 12 lb/ft3 PUR/PIR 
foam sample with and without 5 wt% GnP-25. 
 

 
Fig. 14. FESEM image of PUR/PIR rigid 12 lb/ft3 foam 
with 8 wt% GnP-C-750 strut prepared by FIB. 
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Fig. 15. FESEM image of PUR/PIR rigid 12 lb/ft3 foam 
with 8 wt% GnP-5 strut prepared by FIB. 
Table 5 Nitrogen spectra of pMDI treated GnP reacted for 
1 hr. 

N 1s spectra 
peak (eV) 

Concentration 
GnP-5 

(atomic %) 

Concentration 
GnP-25 

(atomic %) 
401.3 1.37 0.30 
400 4.26 2.71 
399 0.53 0.25 

 

 
Fig. 16. FESEM image of an agglomerate in PUR/PIR 12 
lb/ft3 rigid sample with 5 wt% pMDI treated GnP-25. 
Surface was prepared with a FIB. 

 
Fig. 17. FESEM image of an agglomerate in PUR/PIR 12 
lb/ft3 rigid sample with 8 wt% pMDI treated GnP-25. 
Surface was prepared with a FIB. 
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1 Introduction 
Due to their high specific static and fatigue 

strength, carbon fibre reinforced polymers 
(CFRP) are predestined for applications in 
lightweight structures under cyclic loading. In 
the case of the main spar of state-of-the-art wind 
turbine blades unidirectional carbon fibre rein-
forcement is in use. To achieve a maximum ef-
ficiency by extended in-service times, more than 
109 load cycles have to be resisted without dam-
age [1]. Common fatigue experiments for ac-
quiring verified material data at test frequencies 
up to 20 Hz do not lead to satisfying results 
within a reasonable test time. But higher test 
frequencies well above 20 Hz lead to significant 
warming and undesired premature failure of the 
specimen.  

Within the priority program SPP1466 the 
development of adapted test principles for the 
characterisation of the VHCF phenomena and, 
in a second step, the development of damage 
models for advanced materials such as non 
crimped carbon fibre reinforced composites 
(T300/LY556) as a basis for novel fatigue life 
evaluation methods is aimed at. 

 
2 VHCF-test stand 

The main obstacle in high frequency test-
ing of CFRPs is the thermal heating due to the 
comparably high material damping. Whereas at 
tension/compression loading in fibre direction 
the dissipated energy is relatively low, the 
amount of shear deformation in the polymer ma-
trix material due to in-plane and out-of-plane 
shear loading is responsible for significant in-
ternal heating. Furthermore, the loaded material 

volume has to be minimised for achieving a low 
equilibrium temperature of the vibrating speci-
men and the surrounding climate. 

Using a shear force free bending setup ac-
cording to Fig. 1, both demands can be satisfied. 
A slender and layered bending specimen is re-
strained by ball joints and loaded with an eccen-
tric mass and a spring. The setup is excited per-
pendicularly to the specimen by a forced oscilla-
tion with a shaker system. To avoid the devel-
opment of axial stresses the bearing play is spe-
cifically adjusted. 

 

 
Fig. 1: VHCF-bending test stand 

For the real time control, the test stand is 
equipped with eddy current sensors measuring 
the position of both eccentric masses at a sam-
pling rate of 150 kHz. By monitoring the vibra-
tion amplitude, mean and phase shift of both 
masses the most important operating parameters 
of the test stand are displayed. A feedback to the 
shaker control system is applied to stop the vi-
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bration test in case of overloads or critical phase 
shifts between the left and the right eccentric 
mass. 

 
3 Specimen design and first results 

With the help of the finite element method 
the specimen is designed to achieve a homoge-
neous stress distribution and to force damage in 
selected failure modes only. 

Therefore the idealised FE model of the 
test stand is loaded by a rotation restraint of 
0.125 rad. By studying the failure mode specific 
material effort according to the Failure Mode 
Concept (FMC) of CUNTZE [2] for static loading, 
here, exemplary the performance of waisted 
specimens with a tangential or circular notch is 
analysed. The calculation results are further-
more compared to the experimentally observed 
failure behaviour of selected specimens.  

Using the circular notch geometry (accord-
ing to Fig. 2), a more homogeneous stress dis-
tribution and generally lower material effort are 
achieved. The desired fibre failure modes in 
tension and compression (FF1 and FF2) show 
the highest values compared to other failure 
modes. At the same time the undesired shear 
stresses in the area of the notch radius are sig-
nificantly reduced. 

 

 
Fig. 2: Comparison of the failure mode specific ma-
terial effort and the resulting damage phenomenol-

ogy ((a) – tangential (PK 13) and (b) – circular notch 
(PK 34)) 

The damage phenomenology of unidirec-
tional carbon fibre reinforced specimens fit very 
well to the numerically obtained results.  

In Fig. 3 the load cycle dependent graphs 
of the mean displacement a of the eccentric 
masses (measured by eddy current sensors) are 
displayed. The first inter fibre failure, which has 
been measured as well as visibly monitored on 
the specimen, is marked by A and A’ respec-
tively. In case of the tangential waisting this 
point of damage initiation (A) has been recorded 
significantly earlier compared to the specimen 
with the circular waist (A’). 

 
Fig. 3: Mean displacement a of the specimens PK 13 

(tangential waist) and PK 34 (circular waist) 

In analogy to the specimens with axial fi-
bre reinforcement, currently the specimen de-
sign is being adapted and the experimental char-
acterisation regarding the failure modes IFF1 
and IFF3 in VHCF tests with 90°-reinforced 
specimens is performed. 

 
4 Optimised VHCF-test stand for large 
deformations 
Using the described experimental setup a maxi-
mum strain of about 0.5 % on the specimen sur-
face can be achieved. In case of carbon fibre 
reinforcements and nano particel modified ep-
oxy systems with high breaking elongation well 
above 1 % a fatigue failure in evenly stressed 
areas is not initiated until 108 cycles. 
Additionally, the main obstacle of a pure torque 
induced bending test stand, the overstressing in 
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the area of the force introduction, leads to accel-
erated damage and failure close to the specimen 
clamping. The overstressing was significantly 
reduced by specific specimen designs but not 
solved to full satisfaction (see section 3). 

For the fatigue analysis above 0.5 % strain 
a modified shear force free VHCF bending test 
stand with the focus on large deformations and 
build in axial guiding has been designed and 
numerically validated. 

The new test stand concept is based on the 
idea of the group for mechanisms theory of the 
TU Dresden [3] who plotted the pole curve of a 
shear force free bending experiment which 
found to be a straight line (see Fig. 4).  

 

 
Fig. 4: Pole curve analysis of a shear force free can-

tilever beam deformation experiment 

Furthermore it has been found, that every 
planetary gear with a gear ratio of ω1/ω2 = 1 
shows a similar pole curve. The preferable gear 
for the given problem has been synthesised 
keeping the specimen geometry constant with 
two rotatable gears and clamping positions on a 
constant radius (l1). The resulting configuration 
showing the specimen in undeformed and de-
formed position is given in Fig.5. 

 

 
Fig. 5: Principle test stand configuration for a shear 
force free bending experiment considering large de-

formations and build in axial guiding [3] 

A mechanical representation of this ap-
proach was found by abstracting the conven-
tional test stand. The clamping area is now 
shifted outside of the axis of rotation. In parallel 
it acts as eccentric mass for the torque load in-
troduction during the acceleration by the shaker 
system (see Fig. 6). In contrast to the test stand 
principle shown in Fig. 5 the mechanical cou-
pling between the axis of rotation has been 
omitted avoiding undesired play and wear dur-
ing the fatigue experiments. 

 

 
Fig. 6: Optimised test stand design 
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This assumption is reasonable due to the sym-
metry of the specimen and the acceleration 
based loading equally on both ends of the 
specimen. 
 
5 Numerical validation of the new design 

The basic dimensions of the new test stand 
design have been synthesised using analytical 
approaches according to [3]. The numerical 
simulation of the resulting test stand with con-
stant restraint of 0.25 rad rotation at both axes 
have shown, that again overstressing of the 
specimen in the area of the clamping due to very 
localised force introduction occurs (see Fig. 7). 

To reduce the local stress peaks the dis-
tance between the axis of rotation and the 
clamping (l1) have been modified to smaller as 
well as larger distances. It could be shown, that 
a slightly larger distance compared to the ana-
lytical solution reduces the stress concentrations 
significantly. The reason for this effect is the 
extended axial dilatation compared to the theo-
retically calculated value which results in re-
duced torque introduction into the specimen. 
The additional arising axial forces lead to a shift 
of the specimen deformation from the ideal cy-
lindrical to a more parabolic form. According to 
Fig. 7 the clamping areas are now significantly 
relieved. The positions of the highest strain in 
fibre direction (ε11) as well as of the mean strain 
(εmean) are shifted, as required, towards the mid-
dle of the rectangular specimen. The shear stress 
level in the specimen is still very low. Hence 
significant energy dissipation from this source is 
not expected during the test. Therefore the new 
test stand design offers the opportunity to use 
rectangular specimens which are easy to pro-
duce. Moreover the influence of stress concen-
trations and undesired failure modes due to 
notches and waists are avoided. 

 
Fig. 7: Strain field in fibre direction (top) as well as 
the mean strain (bottom) for cylindrical deformation 

(restraint 0.25 rad) 

 

 
Fig. 8: Strain field in fibre direction (top) as well as 
the mean strain (bottom) for parabolic deformation 

(restraint: 0.25 rad) 

 
6 Examples for the damage phenomenology in 
fatigue loading 

For the validation of the VHCF bending 
test setup developed, standard tension-tension 
fatigue experiments in fibre direction on servo-
hydraulic testing machines and moderate load-
ing frequency have been performed. The dam-
age mechanism in case of fatigue loading in fi-
bre direction is displayed in Fig. 9. Subfigure 9a 
displays a rough failure surface in different lev-
els, which is typical for brittle fibre reinforced 
composites [4]. The failure surface of a single 
filament is displayed exemplary in subfigure 9b. 
The crack propagation direction is clearly visi-
ble, starting from the filament edge and propa-
gating radially through the filament diameter. In 

ε11 

εmean 

LE, 1 / max 

LE, mean / maxε11 

εmean 
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case of the failure of multiple filaments (Fig. 9c) 
the failure initiation point may be found in the 
area of a direct contact between two filaments. 
The crack propagates in different direction 
bridging to other filaments directly or in form of 
debonding and matrix failure. 

Exemplary for the damage phenomenology 
during fatigue bending loading perpendicular to 
the fibre direction, SEM-pictures near the 
specimen surface are displayed in Fig. 10. The 
fatigue bending experiments have been per-
formed on the VHCF-test stand described in 
section 2. Due to the comparably low stiffness 
of these specimens the test frequency reached 
f = 50 Hz. The specimen survived 5·105 load 
cycles until crack initiation beginning from the 

surface.  
On top of the specimen a resin layer of 

about 150 µm in thickness can be seen. Within 
the polymer matrix lines of rest may be 
recognised (Fig. 10c). Within the fibre 
reinforced material the crack is mainly growing 
by interface failure. The filaments can clearly be 
seen and only less relicts of matrix on the fibres 
are recognisable. For the case of matrix failure, 
such as between filaments, significant plastic 
deformations, recognisable by cusps and highly 
deformed pieces of matrix, are observed. For the 
VHCF regime with less strain and longer fatigue 
life, crack growth accompanied with plastic 
deformation such as shown in Fig. 10 may shift 
to brittle failure. Unfortunately experimental 

Fig. 9: SEM-pictures of a CFRP fatigue failure surface (f = 6 Hz, R = 0,1): (a) Failure surface perpendicular to 
the fibre direction and loading, (b) single failed filament, (c) failure propagation in adjacent filaments 

Fig. 10: Bending fatigue failure surface of a specimen reinforced in 90° direction only, SEM-pictures with ris-
ing resolution from subfigure a) to c) (f  = 50  Hz, R = -1, N = 5·105 cycles) 
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evidence to this hypothesis is still missing. 
 
7 Conclusion 

The development of reliable fatigue life 
evaluation methods for non-crimped carbon fi-
bre reinforced epoxy at extremely high load cy-
cles requires a deep understanding of the suc-
cessive damage behaviour and the occurring 
damage mechanisms. For the failure mode spe-
cific fatigue testing shaker based fatigue test 
stands as well as adapted test specimens are de-
veloped. The presented shaker based VHCF test 
stands are now used for the characterisation of 
the fatigue behaviour of carbon fibre reinforced 
composites at high frequency loading in fibre as 
well as perpendicular to the fibre direction. 

The first VHCF-bending fatigue experi-
ments show promising results. It has been 
shown that the crack growth due to alternating 
tension stresses perpendicular to the fibre direc-
tion is dominated by interface cracking as well 
as plastic deformation in the polymer matrix. 
For smaller strain amplitudes and life cycles 
larger than 108 cycles a change of the damage 
mechanism in the polymer matrix is expected.  
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1 General Introduction  

Alumina-zirconia composites are well-known 

materials which combine the good mechanical 

properties of zirconia and the stability properties of 

alumina. Among them zirconia toughened alumina 

have lot of potential biomedical applications like 

orthopedic prosthesis. However most of the 

fundamental studies which obviously deal with 

samples synthesized at a laboratory scale shown 

very different results depending on elaboration, 

shaping and sintering conditions. In this work, we 

have studied composites produced at a massive scale 

by the Nanoe company with a process of mechanical 

milling in aqueous media leading to composites in a 

concentration range from 2,5 to 50wt% of zirconia 

and a relative density above 99% with fine and well 

dispersed microstructure. 

From a fundamental point of view it is a fascinating 

case in which structural phase transitions and 

metastability result in enhancement of applicative 

properties. Indeed the high mechanical properties of 

these composites are associated to the retention of 

the high temperature tetragonal structure of zirconia 

down to room temperature either by adding 

stabilizing oxides such as yttria or by keeping grain 

size below a critical threshold. But the stability 

conditions of the tetragonal particles in the alumina 

matrix are complex and several parameters play a 

key role. The residual strains due to the difference of 

the coefficient of thermal expansion (CTE) between 

alumina and zirconia, the yttria content, the grain 

size, the presence of cubic or monoclinic zirconia, 

the presence of micro-strains, the temperature, 

interact and alter the stability of tetragonal phase. 

All these parameters have been systematically 

investigated by XRD, SEM and neutron diffraction 

for composites with increasing content of zirconia 

and yttria and have been compared with yttria-doped 

zirconia. 

 

2 Size effect 

Several authors [1-5] reported experimental 

observations of a zirconia critical crystallite size of 

25nm below which the tetragonal phase is 

stabilized at room temperature. Also the presence of 

yttria is known to increase this critical crystallite 

size. In addition the critical crystallite size is 

different in powders and in ceramics in which the 

critical grain size is estimated between 200 and 

300nm. We have systematically measured zirconia 

grain size dependence with chemical composition, 

sintering temperature etc. In particular we have 

observed a grain size reduction of non-doped 

zirconia in composites compared to zirconia 

compounds, i.e a diminishing from some 

micrometers in zirconia down to 250nm in 

composite with 10wt% zirconia. This allows the 

stabilization of the tetragonal phase thanks to the 

size growth hindering by the alumina matrix. 

Therefore a retention up to 97wt% of tetragonal 

phase in this composite compared to 0% of phase in 

pure zirconia compound.  

 

3 Strain effect 

3.1 Hydrostatic strain  

Garvie [2] have shown that the critical size of 

zirconia (CS) increases with hydrostatic pressures. 

In alumina-zirconia composites the difference of 

CTE between alumina and zirconia (CTE(Al2O3) < 

CTE (ZrO2)) leads to significant residual strains. Thus 

the alumina is in compression while the zirconia is 

in tension [6]. We have studied the composition and 

temperature dependence of strain; in particular we 

have observed an increasing of the compression on 

the alumina and a decreasing of the tension on the 

zirconia with increasing zirconia content. The 

tension on the zirconia leads to a decrease of the 

tetragonal phase stability. The hydrostatic strains 
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have an opposite effect on tetragonal phase 

stabilization compared with size effect. Also the 

anisotropy of zirconia is less pronounced at high 

content in the alumina (Fig. 1). 

3.2 Non-hydrostatic strain  

The presence of non-hydrostatic strains, i.e. local 

strains, has many consequences. The first one is to 

disperse the lattice parameters without modifying 

the average value. The second one is to allow phase 

coexistence in polymorph solids in which a single 

phase is expected [2]. For the study of non-

hydrostatic strain, we have used the Williamson-Hall 

approach which allows separating size and strain 

effect at a local scale. We have measured the 

concentration and temperature evolution of local 

strain for each phase. The yttria concentration 

dependence is shown for zirconia in composites in 

figure 2. Whereas the micro-strains on alumina 

monotonically increase with the zirconia content, in 

contrary, the micro-strains on tetragonal and cubic 

phases increase up to 25-30wt% of zirconia and then 

decrease at higher concentrations. We also observed 

that the content of yttria has no influence on the 

local strains. 
 

4 Conclusions  

We have studied alumina-zirconia composites 

produced at massive scale with various contents of 

zirconia and yttria by XRD, neutron diffraction and 

SEM which have allowed us separating and 

understanding the influence of all parameters: 

composition of composites, grain size, macro and 

micro-strain, presence of additional phases 

(monoclinic or cubic zirconia), temperature etc... 

These results have been compared with a study of 

mechanical properties of these composites (Rabache 

et al. this conference) which results in predicting the 

more suitable composition of composite according 

to the mechanical properties expected by the 

customers. 
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Fig. 1: Evolution of hydrostatic strain on tetragonal 

phase function of zirconia content 

 

 
Fig. 2: Evolution of non-hydrostatic strains with 

tetragonal phase function of zirconia content 
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1 Introduction  

Cost-effective manufacturing of high quality 

aerospace composite parts can be achieved through 

part design and integration as well as through 

automation of manufacturing processes. Automated 

composites manufacturing decrease labor intensity 

and make it possible to integrate composite 

structures by minimizing the number of parts and 

assembly cost; it can also increase part 

reproducibility and productivity. Currently, the 

automated fiber placement (AFP) process has drawn 

the attention of commercial airplane manufacturers 

from worldwide and has been used to manufacture 

large scale composite structures, such as composite 

fuselages. Fiber placement technology is a highly 

automated manufacturing process for fabrication of 

composite structures. During the AFP process, 

individual narrow prepreg tows are pulled from 

spools and fed through a fiber delivery system into a 

fiber placement head, in which these narrow tows 

are aligned into a wider band and laminated onto a 

tool surface. When fiber is placed, each tow of the 

wider band fibers is dispensed at its own speed, 

allowing each one to independently conform to the 

male (mandrel) or female mold surface. Because of 

this, the fibers are not restricted to geodesic paths 

and they can be steered to meet specified design 

goals.  

Although automated fiber placement has many 

advantages, there are limitations: Part quality is 

strongly influenced by processing parameters such 

as torch temperature, layup speed, fiber tension, and 

compaction pressure, etc. Furthermore, fiber paths 

planning and AFP programming strategies have a 

direct impact on the productivity and quality of 

fiber-placed parts. For example, if there is a cut-out 

in the part, a trade-off study should be carried out to 

decide whether the cut-out should be made during 

the AFP process or after the part is cured. Moreover, 

part geometry as well as tooling concept has an 

influence on fiber placement process. It is known 

that the AFP process can only handle complex 

geometries to a certain degree. Both quality and 

layup rate are severely impacted by the complexity 

of a part [1, 2]. For complex-shaped composite 

structures, in order to keep desired fiber orientation, 

fiber steering is unavoidable. Although most of the 

AFP machines have the capability to steer fibers on 

the tool surface along designed fiber axis [3, 4], 

over-steered fibers can pose problems, resulting in 

local wrinkles and separation of fibers from the 

substrate [5]. Besides, researches show that properly 

utilizing the fiber steering capabilities of a fiber 

placement machine can enlarge design flexibility 

and create more efficient composite structures [6, 7].  

Therefore, understanding fiber steering in the AFP 

process is very beneficial for composite structures 

design and manufacturing.  

In this study, both simulation and experimental 

study were conducted to investigate the impact of 

layup rate on quality of fiber steering and fiber 

cut/restart across cut-outs in the automated fiber 

placement process. Different conditions were 

selected to evaluate the layup quality. A series of 

curve fiber paths were designed for the fiber steering 

study. Finally, laminates were fiber placed to 

evaluate the quality of fiber steering and cut/restart 

at different layup rates.  

IMPACT OF LAYUP RATE ON QUALITY OF FIBER 

STEERING/CUT-RESTART IN AUTOMATED FIBER 

PLACEMENT PROCESS 

  
J. Chen

1
*, T. Chen-Keat

2
, M. Hojjati

1+
, AJ. Vallee

2, 
M. Octeau

1 
and A. Yousefpour

1
 

1
 Aerospace Manufacturing Technology Centre, National Research Council, Montreal, QC, Canada 

2
 GE Global Research, Niskayuna, New York, USA 

+
Currently at Concordia University, Montreal, QC, Canada 

* Corresponding author (Jihua.Chen@nrc-cnrc.gc.ca) 

 

 

Keywords:  Automated Fiber Placement, Composites, Fiber Steering, Cut/Restart  

ICCM19 1856

mailto:Jihua.Chen@nrc-cnrc.gc.ca


2. Fiber Placement Simulation 

2.1 Trial Description 

Two fiber steering trials were conducted under 

different layup rates. In the first trial, the guide 

curves of the fiber paths consisted of three sections: 

two straight line sections and one arc (illustrated in 

Figure 1a). The radius of the arcs, R, was varied 

from 114mm to 785mm with a step of 28mm. In 

addition to the variable radius, the length of the arcs 

was varied, resulting in different angles (θ = 5, 10, 

15, and 20 degree) between the two straight line 

sections. The dimension of the laminate is 

approximately 380mm x 635mm. In the second trial, 

fiber steering with sinusoidal fiber paths was tested, 

as shown in Figure 1b. The amplitude of the sine 

waves, A, was 31.5 mm, and the wavelength, λ, 

ranged from 700 mm to 1750 mm.  

 

 
 

Fig.1. Fiber steering (a) trial 1; (b) trial 2 

 

The purposes of the fiber steering trials was to 

explore the possibility of layup steered fibers under 

different layup speeds, and to compare the 

simulation results obtained from fiber placement 

software with experimental results. 

Figure 2 shows the configuration of the laminates 

for the cut/restart trials.  Six scenarios were defined 

to test layup accuracy of one /bi-directional layup at 

different layup speeds (6, 18 and 30 m/min). The 

blue area is the dimension of the laminates and the 

green lines are marked references for measurement. 

The influence of the cut-outs on AFP productivity is 

also studied. 

 

 

Fig.2. Cut/restart trial  

 

2.2 Simulation of AFP Process 

2.2.1 Fiber Steering 

MAG’s ACES programming/simulation software is 

used to generate the fiber paths and to simulate the 

fiber steering. Figure 3 and Figure 4 show the 

simulation results of AFP lay-up along curved fiber 

paths, which clearly indicate three regions on the 

laminates: a processable area with quality concern 

(orange color), an area with quality problems (red 

color), and a region free of problems (other colors). 

It should be noted that those colored areas were 

generated according to MAG’s predefined criteria. 

For a 3.2 mm wide prepreg tow, the minimum 

requirement for radius of curvature (ROC) is 635 

mm (recommended by MAG) for laying prepreg 

tows onto a surface without wrinkles and buckling. 

Thus, if the radius of curvature of a fiber path is 

smaller than 635 mm, the centerline of the fiber path 

will be shown in red color in the simulated results, 

indicating that there will be unavoidable process 

problems in these areas; and these problems can 

only be resolved by either reducing material width 

or increasing radius of curvature in the design. 

Figure 3a shows that when θ = 5°, it is feasible to 

layup the laminate. In this case, it was predicted that 

there will be no unavoidable AFP related quality 

problems, even if the ROC is smaller than 635 mm.  

However, it should be noted that in Figure 3a, 

orange color is shown in the middle of the courses, 

which means optimized processing parameters (e.g., 

temperatures, pressure and speed, etc.) have to be 

(a) (b) 

R 

θ 

λ 

A 
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used to ensure the quality of the laminate. Figure 3b 

shows that when θ = 10°, only the last four courses 

can be processed without major quality issues.  

 

 
 

 
 

Fig. 3. Simulation results of fiber steering trial 1 

 

 

Fig. 4. Simulation results of fiber steering trial 2 

 

The red areas in Figure 3c and Figure 3d indicate 

that, when θ ≥ 15°, quality problems in fiber steering 

are unavoidable.  Figure 4 shows simulation results 

of fiber steering with sinusoidal fiber paths. It was 

predicted that the first three courses at the top will 

not be processable by AFP because of quality 

problems that will be introduced.  

 

2.2.2 Cut/restart 

In the simulation of cut/restart trials, two scenarios 

were studied. In scenario 1, the compaction roller of 

the AFP machine retracts from the surface when the 

head reaches the boundary of the cut-outs during the 

layup. In scenario 2, the compaction roller stays on 

surface inside the cut-outs. Simulation showed that 

in both cases, the Viper 4000 AFP machine can lay 

down the shortest courses with a length of 113 mm. 

Due to the distance between the cutter and the feed 

roller of the AFP machine, the yellow area shown in 

Figure 5 cannot be covered by carbon prepreg 

courses laid by the fiber placement machine, unless 

a process option is enabled to force the AFP 

machine to lay down material with the minimum 

layup length.  

  

Fig. 5. Simulation of the cut/restart trial 
 

3. Experiment 

3.1 Materials 

The prepreg slit tape used in the study is 

intermediate modulus (IM) carbon fiber/epoxy (3.2 

(a) Case 1, θ = 5° (b) Case 2, θ = 10° 

(c) Case 3, θ = 15° (d) Case 4, θ = 20° 
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mm width) from Hexcel. Eight spools of materials 

were used in the AFP trials. 

3.2 Fiber Placement Machine 

A Viper 4000 fiber placement machine from MAG 

Cincinnati is used in the experiment, as shown in 

Figure 6. The working envelope of the AFP machine 

is 4 meters in diameter by 10 meters long. This 

machine has the capability to layup up to 32 tows 

(total width of 101.6mm) of slit tapes with 

controlled individual tow cut/restart. It can lay down 

carbon fiber prepreg tows on both convex and 

concave surfaces. 

 

Fig. 6. Viper 4000 fiber placement machine 
 

3.3 Fiber Steering Trials  

Before the AFP process, the flat tool surface was 

covered by breather, plastic bag and peel ply in 

sequence. The first layer of laminate was then laid 

down on the peel ply.  

Case 1, θ = 5°: Two different layup speeds, namely, 

2 m/min and 10.5 m/min., were used in the case 1 

study.  Figure 7 shows that the quality of the first ply 

is relatively good, except that there are small 

numbers of uncompacted spots in some locations, 

which is thought to be caused by lack of tackiness of 

the peel ply or low surface temperature. A wrinkled 

area was noticed at the top of the laminate where the 

fibers are straight. This could be induced by a small 

leak of vacuum on the plastic bag. 

To test the influence of the tackiness of the 

substrate, a second ply was laid down directly onto 

ply 1. Figure 8 shows that the quality of ply 2 was 

improved, and no obviously uncompacted spots 

were observed. However, the wrinkled areas were 

enlarged in the second ply because of the shift of the 

substrate due to the vacuum leaks or deformation of 

the vacuum bag. 

To avoid the wrinkles caused by the small shift of 

the vacuum bag during the layup, a rigid plastic 

material was used to replace the vacuum bag. Thus, 

the prepreg was laid on a surface which is covered 

by breather, rigid plastic, and peel ply in sequence. 

The trial was then repeated and carried out at a 

speed of 10.7 m/min.  

  

 

Fig.7. Fiber steering trial case 1, θ = 5°, ply 1, laid 

down at 2 m/min.  
 

  

Fig.8. Fiber steering trial case 1: θ = 5°, ply 2, laid 

down at 2 m/min.  

Wrinkled area 

Wrinkled area 

Wrinkled area Wrinkled area Wrinkled area 

Uncompacted spots 
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It can be seen in Figure 9 that there are wrinkles 

spreading across the ply, even in the last few courses 

with large radius of curvature. There are also 

increased gaps in the areas close to the part edges 

where the courses are cut. Results in Figure 9 

confirm again that the quality of fiber steering is 

layup speed related. 

 

 

Fig.9. Fiber steering trial case 1: θ = 5°, ply 1, laid 

down at 10.7 m/min.  

 

Case 2, θ = 10°: It was decided to start the case 2 

trial at the speed of 10.7 m/min; if there are fiber 

problems in the laminate, then the layup speed will 

be reduced in the next trial. As shown in Figure 10, 

there were uncompacted areas (small wrinkles) 

across the middle of ply 1, and again, increased gaps 

between tows were observed at the location close to 

the edge of the laminate. 

 

 

Fig.10. Fiber steering trial case 2: θ = 10°, ply 1, laid 

down at 10.7 m/min.  

 

The influence of substrate on the layup quality was 

tested again by laying up the second ply directly on 

ply 1. Comparing to ply 1, the wrinkles were not 

reduced in the middle area of the laminate, as shown 

in Figure 11. 

 

 
Fig.11. Fiber steering trial case 2: θ = 10°, ply 2, laid 

down at 10.7 m/min.  

 

To test if a debulking process could help remove the 

uncompacted spots, the two-ply laminate was 

debulked under full vacuum for 15 minutes. As 

shown in Figure 12, the situation was improved, but 

there are still some places not completely 

compacted. It is believed that this problem could be 

solved by extending the debulking time or increasing 

debulk temperature. 

 

 

Fig.12. After 15 min. debulking (case 2: θ = 10°, ply 

2, laid down at 10.7 m/min.)  

 

Trials were carried out again by reducing the layup 

speed to 2 m/min., as shown in Figure 13. It can be 

seen that in this case, even at a slow layup speed, 

Area with increased gaps 

Area with small wrinkles 

Wrinkles are reduced by 

debulking 

Area with small wrinkles 
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wrinkles and uncompacted spots still show up, 

however, it is noticed that when the radius of the 

curve is larger than 27.6 inches, there are almost no 

wrinkles showing up. It is interesting to see that the 

simulated results in Figure 3 agree well with the 

results in Figure 13. Case 3 and case 4 of the fiber 

steering trials were skipped, since we did not expect 

to see any improvement over the results obtained in 

fiber steering trial case 2. 

 

 

Fig.13. Fiber steering trial case 2: θ = 10°, ply 2, laid 

down at 2 m/min.  

 

In the fiber steering trial 2, sinusoidal fiber paths 

were laid down at alternating layup speeds of 1.5 

m/min and 10.7 m/min, as shown in Figure 14. Both 

uncompacted tows and fiber slip were observed at 

the two layup speeds. The highlighted area in Figure 

14 is enlarged and shown in Figure 15.  

 

 

Fig.14. Fiber steering trial 2: Sinusoids fiber paths 

 

3.4 Cut/Restart 

Six laminates were made to investigate the influence 

of layup rate on the cut/restart quality. Two 

scenarios are considered in the trials: In the first 

scenario, the compaction roller is retracted between 

courses. In the second scenario, the compaction 

roller is kept on the surface when it runs into the cut-

outs. 

 

 

Fig.15. Fiber steering trial 2: Sinusoids fiber paths 

 

It can be seen from Figure 16 and Figure 17 that the 

quality of the tow cut is independent of the layup 

speed; but the quality of the tow restart, in contrast, 

is layup speed related. It can be seen clearly in 

Figure 17 that in the bi-directional trials, zigzag 

patterns were created along the boundaries of the 

cut-outs by the AFP machine at higher layup speed. 

The quality of tow restart could be improved by 

increasing the tackiness of the substrate or tool 

surface temperature.  

 

 
(a)                                       (b)  

Fig.16. Cut/restart trial: 6 m/min 

(a) one-directional; (b) bi-directional 

Tow pulled up 

/and slipped  

Area with small wrinkles 
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(a)                                      (b)  

Fig.17. Cut/restart trial: 30 m/min 

(a) one-directional; (b) bi-directional 
 

3.5 Productivity Analysis 

3.5.1 Influence of Course Division 

As mentioned in section 3.4, in scenario 1 of the 

cut/restart trials, the compaction roller was retracted 

between courses (course division function enabled), 

while in scenario 2, the compaction roller stays on 

the tool surface and runs into the cut-outs. The 

average fiber delivery (lb/hr) in both cases is 

compared in Figure 18. It can be seen that in 

scenario 2, at the layup speed of 6 m/min., the 

material yield is more than twice that obtained in 

scenario 1, with a higher layup speed of 10.7 m/min. 

To avoid confusion, material yield in this paper is 

normalized to fiber placement with 32 tows. 

 

 

Fig.18. Influence of course division on material 

yield  

It should be noted that in scenario 1, the material 

yield is also a function of the distance that the head 

is retracted from the surface. Therefore, appropriate 

retract distance should be selected in the AFP 

programming. 

 

3.5.2 Influence of Part Design  

It is known that part design has an impact on AFP 

productivity. Studies were carried out to compare 

the material yield, with and without cut-outs, for the 

laminate shown in Figure 2. Results are shown in 

Figure 19. Without the cut-outs, the AFP processing 

time will be reduced by 18%; however, 24% more 

materials will be needed to manufacture the 

laminate. 

 

 

Fig.19. Influence of cut-outs on material yield at 

layup rate of 18 m/min. 

 

3.5.3 Influence of One/Bi-directional Layup 

The influence of one/bi-directional layup on AFP 

productivity is presented in Table 1. It can be seen in 

Table 1 that when the layup speed increased from 6 

m/min to 18 m/min, the material yield increased by 

about 20%; however, there is no increase in material 

yield when the layup speed increased from 18 m/min 

to 30 m/min. Also, the material yield in the one-

directional layup is always higher than in the bi-

directional layup. These results suggest that the size 

of the laminate is too small to take advantage of 

either the high speed or the bi-directional layup. It is 

also noted from results in Table 1 that the mateial 

yields (lb/hr) predicted by the ACE software have 

the same trend, but higher than the actual amounts. 

The mateial yields is process related and cannot be 

accurately predicted. 
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  Table 1 Comparison of Material Yield 
Part 

Nr. 

Description Average 

Material 

Yield  

(ACES 

Predicted) 

lbs/hr 

Average 

Material 

Yield  

(Actual) 

lbs/hr 

1 6 m/min, one 

directional 

8.12 6.72 

2 6 m/min, bi-

directional 

7.92 6.28 

3 18 m/min, one 

directional 

10.52 8.0 

4 18 m/min, bi-

directional 

10.12 7.76 

5 30 m/min, one 

directional 

10.72 7.76 

6 30 m/min, bi-

directional 

10.24 7.52 

 

4 Conclusions 

The following conclusions can be drawn from this 

study: 

1. The experimental results are in good agreement 

with the ACES software prediction for the fiber 

steering trials. 

2. In fiber steering trial 1, in the areas with quality 

concern (simulation predicted), the layup speed 

has to be kept as low as 1.5 m/min to ensure a 

good part quality. It was observed that the quality 

of fiber steering is influenced by the tackiness of 

the substrate. Debulking process can reduce the 

number of uncompacted spots.  

3. In fiber steering trial 2, tow pull up and fiber slip 

were observed in the area which was predicted to 

be problem free, even at a low layup speed. This 

could be attributed to the internal stress caused 

by fiber tension. Further studies are needed to 

investigate the influences of process conditions 

on sinusoidal fiber steering. 

4. Results of cut/restart trials showed that the 

quality of tow cut is not affected by layup rate, 

however, the accuracy of tow restart depends on 

the layup rate. Higher layup rate has a negative 

impact on the accuracy of the fiber restart. 

5. Course division, part design (e.g., with/without 

cut-outs) and layup strategies (e.g., one/bi-

directional layup) have an impact on AFP 

productivity. A trade-off study is necessary 

before full implementation of the AFP 

manufacturing process.  
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1 Introduction  

Current applications of thermoplastic composites in 

aerospace structures are limited to simple 

components with minimal curvature and thickness 

variations. This limitation exists because continuous 

fibre (CF) thermoplastic composites, while 

exhibiting excellent mechanical performance, are 

difficult to form. The automotive industry can 

produce parts with intricate features made from flow 

moulding compounds, but their mechanical 

properties are generally too low for aerospace 

applications. A literature survey showed that 

preforms with long discontinuous fibres (LDF) and 

high fibre volume fractions (> 50 %) have the 

potential for being used in structural components 

due to their impressive forming and mechanical 

characteristics [1-5].  

 

1.1 Randomly Oriented Strands (ROS) 

Lying between these two extremes, randomly 

oriented strands of unidirectional prepreg composite 

tape (ROS), with high fibre volume fractions 

(>50%), have attractive forming and mechanical 

characteristics [1-6]. This paper focuses on the 

processing of ROS thermoplastic composites by 

compression moulding. 

In this process, strands of thermoplastic composite 

tapes are positioned randomly in a mould cavity (see 

Figure 1). The setup is then compressed under a hot 

press to consolidate the material. Complex shapes 

including corners, thickness changes, ribs or holes 

can be obtained in one compression moulding step. 

The material deformation behaviour is a crucial 

aspect of the press forming of randomly oriented 

strands, understanding this phenomenon will help to 

determine the process window and predict the final 

part quality. The deformation mechanisms occurring 

during press forming of ROS are similar to those 

encountered in randomly distributed fibre bundles 

such as sheet moulding compound forming. We 

assume that the material has three different 

deformation modes:  

1. An elastic compaction behaviour, denoted as 

packing deformation, at low load. It is mostly 

associated to the bending and conformation of the 

strands. Hereunder, we consider that normal stresses 

involved while press forming ROS is way higher 

than the packing stress. The packing deformation 

therefore occurs only at very low load during the 

initial stage of the process.  

2. A squeeze flow at the macroscopic scale of 

the part. At this scale the material can be considered 

as an homogeneous medium that undergoes a 

squeeze flow imposed by the hot press. The viscous 

behaviour of the equivalent homogeneous material is 

intimately linked to the sliding between strands [7-

10]. The macroscopic squeeze flow ensures that 

material will flow and fill intricate features. These 

areas, such as corners or ribs, may indeed remain 

empty after the initial operator positioning of the 

strands in the mould.  

3. A flow at the mesoscopic scale of the strand. 

In this mode, the applied pressure results in a 

spreading of each strand. With this squeezing, the 

gaps between strands reduce. This mechanism is 

denoted as the inter-strand void content reduction. 

These inter-strand voids have to reduce enough to 

prevent crack initiation and dramatic strength 

property loss in the final part. It is a usual rule of 

thumb to guarantee a void content below 1% in 

aeronautic parts.  
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The present study aims at modelling and predicting 

the latter leading phenomenon in order to better 

understand its sensitivity to the process parameters 

(temperature, pressure, strand geometry…). 

1.2 Macroscopic squeeze flow 

In order to predict the forming of ROS composite 

parts, the macroscopic squeeze flow behaviour of a 

flat plate at forming temperatures must be studied. A 

constant volume and a constant pressure 

configurations were investigated. In the first one, the 

platens are larger than the sample, so the material 

volume stays constant throughout the experiment. In 

the second one, the platens are initially fully filled 

with material, so the contact pressure remains 

constant throughout the test.  In both cases, the pre-

consolidated samples were placed between the two 

platens and heated up to forming temperature 

(between 370-400°C). Once the target temperature 

was reached, either a constant load or a constant 

closure rate was applied.  The load evolution and the 

change in sample height were measured over time. 

In a previous study, the effect of the applied load on 

the evolution of the thickness with time was studied 

for ROS and UD samples [1]. In-plane flow was also 

measured and it was found that ROS underwent non-

uniform flow that highly depended on strands 

configuration. Many authors studied squeeze flow of 

composites during forming processes using different 

material behaviours such as Newtonian or Carreau 

fluid [7-8]. But no extensive study on ROS material 

has been conducted to the best knowledge of the 

authors.  So, there is an interest to characterize the 

behaviour of ROS material, more particularly the 

non-uniform flow front through in-situ 

measurements. This can be a challenging task as the 

forming temperature of this material is relatively 

high (370-400°C).  

1.3 X-Ray tomography 

X-Ray tomography is a non-destructive inspection 

technique that allows the study of the microstructure 

of materials. It has been used recently to measure the 

impregnation for an out-of-autoclave prepreg, in 

order to characterize the consolidation and void 

formation mechanisms [11-12].  Typically, to obtain 

relevant information from X-Ray tomography one 

needs a material with at least two phases of different 

density, which was the case for thermoset matrix 

composites used by Centea et al., but not for 

Carbon/PEEK composite. The density difference 

between carbon fibres and PEEK matrices is too 

small. So, in order to use X-ray tomography a 

different density material must be added to the fibres 

to act as markers. 

1.4 Objective  

In this paper a novel experimental approach is 

developed in order to characterize the non-uniform 

flow front of ROS Carbon/PEEK composites. Then,  

a squeeze flow model with an original visco-plastic 

behaviour is proposed. In section 2, the experimental 

methods are described. In section 3, a model for the 

squeeze flow behaviour of ROS is presented. In the 

last section, the experimental and modelling results 

obtained in this study are presented and discussed.  

 

2 Experimental methods 

The proposed method to track the squeeze flow 

behaviour of ROS samples consisted to apply a 

conductive silver paint on marker strands. These 

markers are then placed at strategic locations 

through the thickness of the part. The initial and 

final position of the markers can then accurately be 

measured using X-Ray tomography (Fig. 2). The 

markers can be used to extract relevant information 

on the flow profile and deformation mechanisms. 

They also help to identify consolidation defects such 

as compaction gradients and large fibre waviness. 

2.1 Material 

The material used in this study was a unidirectional 

Carbon / PEEK (PolyEtherEtherKetone) TC1200 

tape with a fibre volume fraction of about 60% 

provided by Tencate. The squeeze flow experiments 

were performed using a 6.35 mm wide tape. An 

automated tape cutter (Kingsing Machinery Co. 

Limited, model KS-915) was used to cut the tape 

into 25.4 mm long strands. A conductive silver paint 

with 40% silver made by M.E. Taylor Engineering, 

Inc. was applied to strands used to track the flow 

front with X-Ray tomography. 

2.2 Instrumented hot press 

The manufacturer’s recommended consolidation 

temperature was between 370 and 400°C. The 

compaction was applied in an instrumented hot press 
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(Figure 3). The fixture consisted of a custom built 

miniaturized heated press. The testing section 

consisted of two steel platens (100 mm x 100 mm) 

heated using four 500 W cartridge heaters. The 

platens’ temperature was controlled by a DSS-15 

auto-tuning PID controller from DME. A cooling 

system using compressed air was also used to 

cooldown the fixture quickly after each test. The 

cooling rate was adjusted by varying the air pressure. 

The apparatus was mounted into a 250 kN MTS 

testing machine used in compression. Either a 

constant closure rate or a constant load was applied. 

The sample thickness change was measured using a 

laser extensometer.  

2.3 Test procedure 

The procedure used to characterize the flow front 

involved a four step process, as shown in Figure 4. 

First, the samples were pre-consolidated. Second, 

the sample was scanned using X-Ray tomography. 

Then, the sample was placed in the instrumented hot 

press and squeezed. The squeezed sample was 

finally scanned to quantify all changes in the 

position, orientation and shape of the marker strands.  

2.3.1 Sample pre-consolidation 

The samples used in this study were cut from a 150 

mm by 150 mm ROS flat panel pre-consolidated by 

compression moulding. The following sub-sections 

describe the layup process used to place the silver 

strands among the mat and the processing cycle used 

to manufacture the panel.  

The first layer containing 8 markers was placed on 

the bottom of the tool at the position and orientation 

shown by Figure 5. For a 6.5 mm thick consolidated 

plate, 250g of strands were divided in five equal 

weight batches. The first batch was added on top of 

the markers. Extreme caution was taken to avoid 

moving the markers while the strands were 

randomly placed. The same procedure was repeated 

five times before a last set of markers was placed on 

the top. Overall, 48 markers were used (6 layers of 8 

strands).  

Next, the mould was placed into a Wabash 100 Tons 

hot press preheated to 395 °C.  A thermocouple was 

placed into a small hole on the side of the mould to 

measure and monitor the plate temperature during 

the cycle. A pressure of 22 bars was then applied 

and maintained during 15 minutes. The mould was 

then cooled down to 70 °C at an approximate rate of 

12 °C/min and was removed from the press when the 

temperature felt below 70 °C. The panels were 

trimmed and four 50mm x 50mm samples were cut 

using a diamond saw, according to the sample 

configuration shown on Figure 5. 

2.3.2 X-Ray tomography 

The pre-consolidated samples were scanned using an 

XTek HMXST 225 computed tomography system in 

order to determine the initial position, orientation 

and shape of the painted strands. All the samples 

were scanned in the same conditions, using an 

acceleration tension of 50 kV and a current of 297 

μA. CT Pro was used to reconstruct the samples 

geometry and ORS Visual to visualise and analyze 

the data. 

2.3.3 Squeeze flow  

Table I shows the test matrix used to perform the 

three tests described in this paper. The samples were 

squeezed at a constant load during 5 minutes until 

the thickness reached a constant value. 

 

3 Modelling  

3.1 Yield stress fluid 

 

A visco-plastic behaviour with a yield stress , 

previously used [9-10] to model the flow behaviour 

of concentrated suspensions of long fibres used in 

sheet moulding compounds was selected as a first 

approximation (Eq. 1).  . During flow, the deviatoric 

stress tensor   is a function of the strain rate tensor 

 . The yield stress in shear    is linked to the fibre-

fibre friction coefficient and    and   are equivalent 

viscosity and characteristic time and n is the Carreau 

exponent of the viscous fluid model for the matrix. 

                             (1) 

where           is the equivalent strain rate. The 

yield stress    is linked to the dry friction between 

the different strands [10]. A high yield stress results 

in a plug-like flow profile [6]. The expected flow 

profile of ROS is illustrated on Figure 6. It shows an 

un-yielded region, where the shear stress is lower 

than yield stress (  <   ) [13].  
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3.2 Flow model 

Because of the high viscosity of the composite melt, 

the inertia and gravity terms can be neglected, such 

that the equilibrium is: 

          (2) 

where   is the total stress tensor. Considering the 

material incompressibility: 

          (3) 

(  being the velocity), the pressure appears as an 

additional unknown where: 

           (4) 

From the problem symmetry, only a quarter of the 

domain shown on Figure 7 is considered. Besides 

symmetry boundary conditions, the edge of the 

domain is let free and a vertical displacement      is 

applied on the boundary in contact with the platen. 

The platen velocity    is an additional scalar 

unknown that is associated with the platen force 

balance equation: 

    
  

         
 

 
               (5) 

where    is the vertical normal vector to the 

boundary in contact with the platen. F is the closing 

force applied on the platen. 

3.3 Implementation 

The Stokes flow defined by equations (2), (3) and 

(4) was solved using the finite element method in 

COMSOL Multiphysics. An Eulerian approach with 

a fixed meshed geometry was considered and the 

problem was solved for steady state. A mixed 

formulation was pertained for the velocity and 

pressure fields using the built-in creeping flow 

module. The nonlinearity arising from the non 

constant viscosity (1) was handled with the 

COMSOL built-in lumped Newton-Raphson solver.  

Instead of the conditional visco-plastic behaviour, 

the smoothed exponential approach suggested by 

Papanastasiou [14] and used later [13] was assumed 

here: 

                 
     

  
           

  
              (6) 

The force balance (5) was implemented using an 

additional physics (global algebraic equation), thus 

adding the unknown     to the model. 

The parameters used in the model are given in Table 

2. The viscous parameters   ,   and n, were adapted 

from previous work [1]. The yield stress    was 

fitted as explained hereunder (Section 4.3). 

3.4 Parametric approach 

As a first step, instead of solving for the complex 

transient, geometry change, a parametric approach 

was used. It consisted in solving the steady state 

problem for different geometries. The geometry was 

always rectangular but the height and width varied, 

ensuring a constant volume, according to the 

experiment. The model was solved for each of these 

geometries giving an insight of the flow at 

successive stages of squeezing. 

 

4. Results and discussion 

In this section, the modelling and experimental 

results obtained following the test procedure are 

presented and discussed.  

4.1 Pre-consolidated samples micro-CT scans 

Figure 8 shows the computed tomography results of 

a pre-consolidated sample prior to squeeze flow. Fig. 

8a) shows a cross-sectional view of one row of 

markers, in the longitudinal direction and Fig. 8b) 

shows the markers in the perpendicular direction. 

Many features can be observed and quantified on 

those computed tomography results:  

The heterogeneous distribution of strands in the part 

led to a compaction gradient. This was observed in 

all the pre-consolidated samples, where the top and 

bottom strands (near the tool surface) did not 

experience out-of-plane deformation, while the 

middle strands were bent. The markers remained 

mostly in the location where they were initially 

placed during the layup process.  

Those observations were consistent with the 

deformation mechanisms identified in Section 1. The 

out-of-plane deformation observed on the markers in 

the middle of the sample was associated with the 

packing stress at low loads.  
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Moreover, the width of the markers after pre-

consolidation ranged from 6.35 to 20mm, which is a 

0 to 320% increase from the initial width (6.35mm).  

These large deformations at the mesoscopic scale 

contributed to the inter-strand void content 

reduction. 

4.2 Post-processing micro-CT scans 

Figure 9 shows a cross-sectional view of sample A 

before and after the squeeze flow test. The top and 

bottom markers remained at their initial position, 

showing that no slip occurred at the platen/material 

interface. On the other hand, the middle layer was 

subjected to a large in-plane deformation caused by 

inter-ply slippage between strands. 

Figure 10 shows the profile of the measured in-plane 

displacement for samples A, B and C. The values 

were all measured in the middle of the strands, 

perpendicularly to the fibre direction. One can note 

that the displacement profiles were not symmetric. 

This is due to the heterogeneous distribution of 

strands in the parts.  

This random factor led to local variability in the 

flow. In fact, the maximum in-plane displacement 

measured was 22mm on both sample A and B for 

markers located in the middle of the sample 

(markers 3 and 4). Moreover, all markers located in 

the middle of sample B flew in the same direction, 

while the other two samples had flow profile in both 

direction. Finally, it shows that locally the random 

factor has a stronger effect on the direction and 

magnitude of the flow front compared to the applied 

load.  

4.3 Flow simulation 

The velocity u and strain rate    are plotted on Fig. 

11 for the maximum force (2225 N) and the initial 

geometry (6.5mm X 50.8 mm). At this stage the 

platen velocity is 59 μm/s. This order of magnitude 

was in agreement with the duration of the squeeze 

flow (few minutes to reduce from 6.5 to 3 mm.). 

As shown on Fig. 11, the horizontal velocity profile 

was close to parabolic. This is in agreement with the 

strands displacement observed on the X-Ray 

tomography (Fig. 10). One should finally notice that 

the strain rate in the upper left corner approaches 0, 

in agreement with the expected un-yielded zone 

shown in Fig. 7 and predicted in the literature [13]. 

Fig. 12 shows the predicted platen velocity for 

reducing plate thickness. Three plots, corresponding 

to the three closing forces used experimentally are 

shown. The first curve shows that the highest closing 

forces results in the fastest mould velocity at initial 

thickness 6.5 mm. For a thinner plate, the closing 

velocity reduces to 0. A minimum thickness    is 

observed for each force under which no flow occurs 

(the force is not enough to reach the yield stress and 

ensure flow). Indeed, the yield stress    strongly 

influences this minimum thickness    and was 

therefore fitted using the experimentally measured 

final thicknesses that are given in table I. A yield 

stress value            was obtained. 

 

5 Conclusions 

Compression moulding of randomly oriented 

composite strands (ROS) is a process that would 

allow to rapidly form complex small parts, with final 

properties better than short fibres reinforced polymer 

injected moulded parts. During this forming process 

the motion of strands, linked to the macroscopic 

squeeze flow behaviour, is critical to ensure a good 

filling of the cavity. In this paper we investigated 

this macroscopic squeeze flow using experimental 

and modelling methods. 

A novel technique was developed to track the 

strands motion, using X-Ray tomography. A 

conductive silver paint was applied on marker 

strands placed at key locations in the ROS mat. 

Tracing the strand positions before and after 

processing with X-Ray tomography, gave an insight 

on the deformation that the material experienced. It 

was found that the material does not slip along the 

mould platen. Moreover, each markers located in the 

middle of the samples expected random in-plane 

displacements and spread differently.  

It was found that the heterogeneity of this novel 

material added a random component in the flow 

pattern. It has local effects on the direction and 

magnitude of the strands displacement and spreading. 

Therefore, the applied load cannot be directly used 

to locally predict the ROS flow front. Those 

phenomena would have been hard to predict without 

the use of markers. 

In addition, in order to predict the squeeze flow, a 

model using visco-plastic behaviour was developed. 
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Modelling results were globally in agreement with 

the observed displacement profile and showed that a 

minimum thickness is eventually reached. The 

model can be used to predict the effect of the applied 

pressure and yield stress (related to the friction 

between strands) on the squeeze flow and the final 

thickness. 
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Table I - Experimental test matrix 

Sample  Processing 

temperature 

(°C) 

Applied 

Load 

(N) 

Final 

thickness  

(mm) 

A 385 562.5 3.00 

B 385 1125 3.75 

C 385 2250 4.53 

 

 

Table II – Parameters used in the simulation 

  1000s 

   1e4 Pa 

   2.5e6 Pa.s 

  0.65 

Λ  50s 

 

 
Fig.1. Randomly oriented strands ready to be 

processed in a flat plate. 

 

 

 

 
Fig.2. Marker strands are used to trace the flow front.  

 

 

 

 
Fig.3. Instrumented hot press. 

Heat + Pressure 
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Fig.4. Experimental procedure. 

 

 

 

 
Fig. 5. Layup configuration. Marker strands are all 

placed in the same orientation and position through 

thickness. 

 

 

 

 

 

 

 

 

 

 

 

 

 

τ > τy 
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Fig.6. Material is modeled as a yield stress fluid to 

represent the squeeze flow behaviour of ROS.  

 

 

 

 

h/2
.

x

y

 
Fig.7. Domain and Boundary conditions. Imposed 

velocity on top, symmetry on left and bottom. 
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Fig.9. Computed tomography a) before squeeze flow b) after squeeze flow. 

 

 

 

 

a) 

 

b) 

Fig.8. Computed tomography results showing a cross-sectional view of the preconsolidated sample prior to squeeze flow a) 

longitudinal direction b) perpendicular direction. 

 

 

 

a) 

 

b) 

Fig.8. Computed tomography results showing a cross-sectional view of the preconsolidated sample prior to squeeze flow a) 

longitudinal direction b) perpendicular direction. 

 

a) 

b) 

Fig.8. Computed tomography showing a pre-consolidated sample before 

squeeze flow a) longitudinal direction b) perpendicular direction.  

 

 

 

 

a) 

 

b) 

Fig.8. Computed tomography results showing a cross-sectional view of the 

preconsolidated sample prior to squeeze flow a) longitudinal direction b) 

perpendicular direction.  

 

 

 

a) 

 

b) 

Fig.8. Computed tomography results showing a cross-sectional view of the 

preconsolidated sample prior to squeeze flow a) longitudinal direction b) 

perpendicular direction.  

 

5 mm 

a) 

b) 5 mm 

5 mm 
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Fig. 10. Measured in-plane displacement profile. 

 

 
Fig. 11. Velocity and strain rate field for the initial 

thickness and a closing force F=2225 N. Only one 

quarter of the sample was modeled. 

 

 

 
Fig.12. Predicted mould velocity versus plate 

thickness for the three closing forces 
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1 Introduction 

Delamination represents one of the most important 

damage phenomena that can affect and limit the 

application field of a composite structural 

component. Several studies confirm that the 

nucleation and subsequent propagation of a single 

delamination, in a generic composite laminate, can 

be efficiently simulated by finite elements 

approaches based on cohesive zone model [1]. 

However, application of conventional approaches 

based on cohesive elements presents some limits to 

model the onset of multiple delaminations, which 

require the development of numerical models with 

several cohesive layers until the limit of a cohesive 

layer for each interface between adjacent plies is 

reached. In particular, in the case of curved 

laminates, delaminations represent a fundamental 

failure mode, which can be activated in quasi-static 

load conditions and multiple delaminations are often 

developed. Moreover, delaminations can evolve with 

different regimes of propagation and different 

effects on the load carrying capability of the 

damaged composite structure [2, 3]. Indeed, the 

distinction between cracks that propagate in stable or 

unstable regimes is fundamental to understand how 

delamination can affect the response of a composite 

structure. Explicit integration schemes could 

represent an effective solution to reliably predict the 

propagation mode of delamination in numerical 

analyses because quasi-static explicit analyses can 

model progressive crack propagation as well as the 

dynamic processes that occur in unstable conditions. 

Unfortunately, application of cohesive elements in 

quasi-static analyses of multiple delaminations 

carried out by using explicit FE codes pose 

considerable numerical difficulties. Such difficulties 

can be related to the fact that traditional cohesive 

approaches are based on elements with zero or 

infinitesimal thickness and require high penalty 

stiffness values to avoid relative motion before the 

fracture onset [4]. The value of penalty stiffness 

should be inversely proportional to the thickness of 

the connected sub-laminate [4], so that penalty 

stiffness increases with the number of cohesive 

layers represented in the FE scheme. It is well 

known that high penalty stiffness values can 

negatively affect both the response [5-7] and the 

computational time cost of a FE model solved by 

means of an explicit approach, so that quasi-static 

analyses including a large number of cohesive layers 

become very difficult to be performed.  

Moving from such considerations, the paper presents 

a modelling technique particularly suited to analyses 

carried out by means of explicit time integration 

schemes. The technique does not require the 

introduction of penalty stiffness and significantly 

reduces the numerical problems of traditional 

cohesive element approaches. Such modelling 

approach is presented in the first section of the paper 

and subsequently applied to perform explicit 

analyses of composite laminates made of a 

unidirectional glass fibre/epoxy system (CYTEC 

S2/5216) in different conditions. Experiments and 

analyses referred to pre-damaged specimens 

undergoing stable and unstable interlaminar crack 

propagation in mode I and mode II standard test 

configurations are presented. The approach adopted 

to model the effect of fibre bridging phenomenon 

during delamination is also presented. Finally the 

approach is applied to model the response of an 

originally undamaged curved composite laminate 

subjected to a tensile load condition. Such 

application will show the capability of the proposed 
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cohesive approach to simulate the onset and 

subsequent propagation of multiple interlaminar 

cracks, with different propagation regimes, by 

means of qualitative and quantitative correlation 

with experimental evidences. 

 

2 Proposed cohesive modelling approach 

If a traditional cohesive zone modelling approach is 

adopted in an analysis conducted by using an 

explicit time integration scheme, the stiffness of the 

cohesive elements will directly affect the stable time 

step leading to very high computational costs [8]. In 

order to overcome such difficulty, an alternative 

modelling technique is proposed, based on the 

different roles that are actually played by the in-

plane and the out-of-plane stress components acting 

in a laminate [9]. 

 

 

Fig. 1. Stress resultants acting on a single lamina in 

bending conditions (A) and proposed finite element 

scheme (B). 

The consideration at the basis of the modelling 

strategy can be pointed out considering a laminate in 

a very simple bending condition, as in Fig. 1.(A). 

The translational equilibrium of a sub-laminate or of 

a single lamina can be formalised as in Eq. (1), 

considering the membrane force per unit width, N, 

and the shear stress transferred through the 

interfaces. 

 

   zdzz
dx

dN
xzxz

xx    (1) 

 
Hence, the area of the lamina cross-section could be 

lumped at the lamina mid-plane and represented by a 

bi-dimensional element, such as a membrane or a 

shell element. Equilibrium can be achieved by 

connecting such bi-dimensional elements with the 

use of elements only carrying the out-of-plane stress 

components. Conventional brick elements with a 

constitutive behaviour characterised by a null in-

plane response could be adopted as connecting 

elements. Fig. 1.(B) presents the resulting finite 

element scheme. In order to introduce a cohesive 

zone model into the interface elements, the fracture 

process in mode I, II and III are described by the 

relative displacements at the mid-planes of such sub-

laminates, Fig. 2.(A). The components of the relative 

displacement vector ( = U
+
-U

-
) can be associated to 

the three possible fracture modes, as indicated in Eq. 

(2). 
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Moreover, within a small strain assumption, , can 

be related to the average strain state in the solid 

element, . If the vector of displacement 

discontinuities  is conceptually replaced by , Eq. 

(3) can be used to convert a generic traction-

displacement law into a stress-strain law to be 

attributed to the solid element, which will transmit 

only out-of-plane stress components. In the elastic 

range, such law will be calibrated by the out-of-

plane stiffness of the composite material, without 

requiring any penalty stiffness.  

 

  k

T

yzxzzz t/   (3) 

 

A scalar damage variable is then introduced to 

represent the stiffness properties degradation during 

the evolution of the fracture process, according to 

the bi-linear - response, presented in Fig. 2.(B). 

Hence, the constitutive response attributed to the 

solid element will follow Eq. (4). 
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The numerical evaluations presented in [9] indicate 

that the modelling technique is adequate to represent 

the quasi-static or dynamic bending behaviour of 

laminates in the elastic range. 

 

 
Fig. 2. Description of the interlaminar fracture process 

(A) and bi-linear constitutive law (B) in the proposed 

modelling approach. 

 

The onset and the evolution of the damage variable 

introduced in Eq. (4) can be set to model the strength 

and the toughness of the interlaminar layers. To 

accomplish such objective, the proposed approach 

exploits the links between the critical energy release 

rates and the energy dissipated in the damage 

process within the interface element [10, 11]. Taking 

into consideration Eq. (3), the link between the 

strain-stress response and the energy release rates for 

fracture modes I and II can be expressed as in Eq. 

(5). 
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 (5) 

 

Equations (4) and (5) allow modelling the strength 

and the toughness of the cohesive interface by 

attributing a bi-linear stress vs. strain response to the 

solid element, as the one presented in Fig. 2.(B). 

In the constitutive model, properties in mode II and 

mode III are considered identical. Damage onset in 

processes evolving in pure mode I or mode II occurs 

beyond the peak stress I0 and II0, which represent 

the normal and shear strength of the interlaminar 

layer. Mixed mode processes are addressed by 

introducing the mixed-mode criterion proposed by 

Benzeggagh and Kenane [12] (B-K criterion). The 

criterion is based on the expression reported in Eq. 

(6), where η represents an experimental parameter 

that was set equal to 1.45 [10, 11]. 
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The resulting cohesive law was implemented in a 

Fortran Vumat subroutine to be linked to the 

3DS/Abaqus Explicit Code [8]. 

Globally, it should be observed that the proposed 

approach does not introduce free surfaces that do not 

exist at the beginning of the computation and does 

not require the traditional cohesive elements with 

infinitesimal or zero thickness. As a consequence, all 

the material characteristics can be directly 

determined on the basis of physical considerations 

without introducing non-physical penalty stiffness, 

which can severely affect computational costs and 

the numerical performances. Therefore, the approach 

can be conveniently applied in explicit analyses to 

model laminates with several interfaces, all of them 

representing a potential location of damage onset, 

without posing convergence problems and with 

limited computational costs with respect to 

traditional approaches. 

 

3. Fracture propagation in pre-damaged 

specimens 

This section presents the test campaign performed to 

characterise the interlaminar toughness properties of 

the unidirectional glass fibre/epoxy system (CYTEC 

S2/5216) considered in this work. In particular, four 

experimental tests were performed with Double 

U
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U
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Cantilever Beam (DCB) specimens and four with 

four-point bend End Notched Flexure (4ENF) 

configuration to identify interlaminar toughness in 

mode I and II, respectively. Specimens with a length 

of 300 mm, a width of 25 mm, and a [0]48 lay-up 

sequence were used. A pre-induced interlaminar 

crack was produced by means of the interposition of 

a 13 m-thick film of Teflon
® 

PTFE sheet, with a 

length of 80 mm, at the mid-plane of each laminate. 

The final mean cured thickness of all the specimens 

was about of 10.39 mm. 

 

 

Fig. 3. Fibre bridging phenomenon during crack 

propagation. 

 

DCB tests were performed as prescribed by ASTM 

D5528 [13], by adopting an MTS 858 with a cross-

head speed of 1 mm/min during loading and 5 

mm/min during unloading. Crack advancement was 

monitored by means of a dedicated picture 

acquisition system. Fibre bridging phenomenon was 

observed during the opening phase at the crack tip, 

as confirmed by Fig. 3. The resistance curves (R-

curves), reported in Fig. 4, were defined for the 

DCB specimens tested by applying each of the four 

data reduction methods proposed by ASTM D5528 

[13].  

 

 
Fig. 4. Experimental R-curves obtained with four 

different data reduction methods for DCB specimens. 

 

All methods confirm the presence of a significant R-

curve effect. In fact, fracture toughness (GR) increase 

with crack length (Δa), from an initial (GRi) value of 

about 0.2 kJ/m
2
 up to a steady state toughness (GRss) 

value of about 0.8 kJ/m
2
. Such behaviour can be 

explained by the development of a fracture process 

zone (FPZ) during the crack process. In this case the 

length required by the crack to reach a steady 

propagation, known as characteristic length (lFPZ), 

can be considered of about 100÷110 mm. 

 

 

Fig. 5. Configuration of ENF (A) and 4ENF (B) tests. 

 

To investigate the response during the stable 

propagation of delamination in Mode II, a series of 

four-point bend End Notched Flexure (4ENF) tests 

were performed on four different specimens with the 

same geometry of the ones tested in Mode I. The 

typical stable propagation regime offered by 4ENF 

test made possible the monitoring of the interlaminar 

crack during its growth in Mode II and consequently 

to identify several toughness values in 

correspondence of the crack advancement. The pre-

opening phase was promoted in unstable regime by 

means of a conventional three-point bend End 

Notched Flexure (ENF) tests with a = 37.5 mm and 

L = 62.5 mm (Fig. 5.(A)). After this phase each of 

the four pre-opened specimens, was tested in a four-

point bending configuration, with the set-up reported 

in Fig. 5.(B) with a = 43.75 mm, 2L = 125 mm and 

Li = 75 mm. Tests were carried out in control 

displacement condition by adopting an MTS 858 

system with a cross-head speed of 1 mm/min. 

Δ 

(A) 

(B) 
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As proposed in [14] the compliance calibration 

technique (CC) was adopted to determinate 

toughness from 4ENF test data, in agreement with: 

 

a

C

B

P
G c

c





2

2

 (7) 

 

The application of Eq. (7) require to determine the 

critical load at which growth occurs (Pc), the width 

of the specimen (B), compliance (C) and in 

particular the slope of the compliance vs. crack 

length curve ( aC  / ). In order to define such 

derivative four 4ENF tests have been performed 

after the pre-opening test, considering five different 

positions of the crack tip (a
i
 = 25; 30; 35; 40; 45 

mm) at a moderate load level well below the value 

required to promote the propagation of the crack.  

The same procedure described in [14] was adopted 

to generate the compliance (C) against crack length 

(a) curve. The monitoring of crack propagation 

during the test, by means of the same camera system 

adopted in DCB tests, has permitted to correlate the 

maximum load level (Pmax) supported by the 

specimen with the crack length (a) and 

consequently, thanks to Eq. (7) to define R-curves 

reported in Fig. 6. 

 

 

Fig. 6. Experimental R-curves obtained with Compliance 

Calibration method for 4ENF tests. 

 

The trend of mode II toughness values (GIIR) against 

crack length (a), in agreement with the increase of 

the load level supported by the specimens during 

crack propagation, indicates the presence of a quite 

significant R-curves effect. This effect led the 

fracture toughness in Mode II from a mean value of 

about 1.8 kJ/m
2
 up to a mean value of about 2.2 

kJ/m
2
. Further experimental investigations on the 

actual effects of this phenomenon are required as 

well as the correlation with the numerical model to 

evaluate, for instance, the frictional influence on this 

behaviour, as reported in [15]. 

 

3.1 Modeling Mode I fracture propagation in the 

presence of fiber bridging effect 

Recent studies [16-19] confirm the possibility to 

model an R-curve response and a long process zone 

by superposing two different bilinear cohesive laws, 

with its own characteristic length lc1 and lc2. The 

resulting response is a trilinear constitutive law, as 

reported in Fig. 7.  

 

 

Fig. 7. Trilinear cohesive law obtained by superimposing 

two bilinear laws. 

 

The parameters of each bilinear cohesive law were 

determined on the basis of the experimental DCB R-

curves shown in Fig. 4, adopting the procedure 

presented in [18]. In fact, there are only two 

unknown parameters n and m that permit to 

completely define cohesive strengths as well as 

fracture toughnesses for both the bilinear cohesive 

laws, in agreement with the relations reported in Fig. 

7, with 0n  and 1m . In particular, from the 

DCB R-curves (Fig. 4) it can be observed that the 

onset of crack propagation is characterised by an 

initial toughness value of about 0.2 kJ/m
2
, whereas 

after a propagation length approximately of 100 mm 

a steady state toughness value of about 0.8 kJ/m
2
 is 

reached. These values allowed directly defining G1 = 

0.2 kJ/m
2
, Gc = 0.8 kJ/m

2
 and the parameter m as 

m=G1/Gc=0.25. Finally, the solution of a semi-

analytical expression proposed in [18] that accounts 

for the effects of adherend thickness and the 

combined effects of two superposed bilinear 
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cohesive laws has permitted to define the strength 

ratio parameter: n  = 0.9917. 

In the present work, both conventional and proposed 

cohesive zone approach were applied with the 

superposition of the two bilinear cohesive laws. 

Therefore, two different models representing a DCB 

specimen with an initial crack length of 45 mm 

respect to the points of loading application were 

developed. In agreement with the results exposed in 

[18] only a strip of 1/10 of the width of the 

specimens tested was considered for both the 

models. A typical element size of 0.5 mm was 

adopted along the direction of crack propagation. 

The conventional cohesive zone model was 

developed to be solved by an implicit code 

(ABAQUS Standard [8]). Each DCB arm was 

modelled by using two incompatible-mode elements 

(C3D8I [8]) through the thickness, as shown in Fig. 

8.(A). The only one interlaminar layer in this model 

consists of two superposed traditional 8-node 

cohesive elements (COH3D8 [8]) with c = I0 = 20 

MPa, Gc = 0.8 kJ/m
2
, m = 0.25 and n = 0.9917. 

 

 

Fig. 8. DCB test: conventional cohesive model for 

implicit code (A), and proposed cohesive model for 

explicit code (B). 

 

A model refined at the level of the single ply was 

developed with the proposed hybrid scheme, and 

solved by an explicit integration approach (ABAQUS 

Explicit [8]). This hybrid FE scheme is composed by 

48 shell elements (S4R [8]) layers disposed in the 

mid-plane of each of the 48 plies of the DCB 

specimen and consequently by 47 solid elements 

(C3D8R [8]) layers disposed at the interface between 

two adjacent plies, as shown in Fig. 8.(B).  

Shell elements, that represent the in-plane behaviour 

of each lamina, were characterised by a purely 

elastic orthotropic material model with the in-plane 

elastic properties reported in Tab. 1. Solid elements, 

that model the out-of-plane response of each lamina, 

were endowed with the bilinear stress-strain 

constitutive law described in section 2 and 

characterised by the physical out-of-plane elastic 

moduli of the material, also reported in Tab. 1. 

 
Tab. 1. Elastic properties of glass fibre/epoxy system 

(CYTEC S2/5216). 

E11 (GPa) 47.5 

E22 = E33 (GPa) 13.5 

ν12 = ν13  0.257 

ν23  0.3 

G12 = G13 (GPa) 5.896 

G23 (GPa) 5.192 

 

The interlaminar layer at the mid plane of the DCB 

specimen was completed by the superposition of 

another layer of interface solid elements (C3D8R 

[8]) with the same properties previously defined for 

the conventional cohesive model. The link between 

mid-plane relative displacement and strains in the 

connecting elements was opportunely modified in 

order to take into account large displacements. The 

explicit FE analyses were performed by means of a 

velocity boundary condition applied to the loading 

tip with an appropriate time history to avoid onset of 

dynamic oscillation during the loading phase. 

Qualitative and quantitative comparisons between 

the two different approaches, in terms of 

interlaminar damage evolution and load vs. 

displacement response are presented in Fig. 8 and 

Fig. 9, respectively. The load-displacement response 

of the proposed cohesive approach is very close the 

numerical response of traditional cohesive approach 

and both are in good agreement with the 

experimental curves, in particular, for displacement 

larger than 15 mm, as shown in Fig. 9. Such result 

confirms the correct estimation of the steady state 

toughness value Gc = 0.8 kJ/m
2
. Discrepancy 

between numerical and experimental responses is 

appreciable at the onset of crack propagation, 

probably indicating a slight overestimation of the 

(A) 
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initial fracture toughness (Gi = G1 = 0.2 kJ/m
2
). The 

optimization process reported in [18] could be 

adopted to improve the identification of the trilinear 

law. 

 

 

Fig. 9. Numerical-experimental correlation of the load vs. 

displacement response in DCB tests. 

 

3.2 Modeling of stable and unstable Mode II 

fracture propagation 

The proposed cohesive approach was also adopted to 

develop models of ENF and 4ENF tests. The 

knowledge of the position of the interlaminar layer 

undergoing delamination allows limiting the 

adoption of the proposed cohesive approach only for 

the interlaminar layers close to the mid plane of the 

ENF specimens. Accordingly, only 4 sub-laminates, 

at the level of the single ply, were modeled by 

means of shell elements (S4R [8]) layers disposed in 

the mid-plane of each ply, mutually connected 

through the thickness by solid elements (C3D8R 

[8]). Continuum shell elements were introduced in 

the model to represent the remaining part of the two 

arms of the specimen. All the interface elements 

were characterised by the out-of plane elastic 

properties reported in Tab. 1 and by an interlaminar 

shear strength of II0 = 50 MPa. All the width of the 

specimens was considered in the model. The pre-

opening interface was modeled by defining an initial 

damage condition to the cohesive elements of the 

mid-plane interface, respecting the initial crack 

length “a” of the specimens tested. The same mesh 

scheme was used to model both ENF and 4ENF 

tests, as reported in Fig. 10.(A) and Fig. 10.(B) 

respectively. In the first case, three rigid cylindrical 

surfaces were analytically defined in order to model 

both the upper load application roller and the two 

lower ones. In the 4ENF model the load was 

introduced by the definition of a rigid surface 

including both load-application rollers. Rotation of 

such rigid body was left unconstrained as in the real 

fixture, as presented in Fig. 10.(B). 

 

 

Fig. 10. Final interlaminar damage configuration of the 

proposed cohesive model of ENF (A) and 4ENF (B) tests. 

 

A penalty contact algorithm was defined both in the 

ENF and 4ENF model to create the interaction 

between all the rigid analytical surfaces and the 

external surfaces of the specimens. The upper rigid 

bodies were moved downward by using an 

appropriate velocity law in order to avoid high 

frequency mode excitation.  

Quantitative numerical-experimental correlation in 

terms of load vs. displacement trends for both the 

ENF test configurations is reported in Fig. 11. The 

proposed models correctly capture the linear 

response of ENF and 4ENF tests until crack 

propagation and subsequently correctly predict the 

unstable and the stable propagation of interlaminar 

fracture in mode II.  

A sensitivity study on mode II fracture toughness 

was performed on the basis of the resistance shown 

in Fig. 6. In particular, three different values were 

considered: 1.8; 2.0; 2.2 kJ/m
2
. The first value of 

GIIc = 1.8 kJ/m
2
 provides a good correlation with the 

load history during 4ENF experiments. It can also be 

observed that the final part of the response is 

captured, including the change of slope when the 

crack passes below the second load application 

roller. Such results indicate that the response of 4 

2-DOF 

1-DOF 

(B) 

(A) 

Damage 
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ENF test can be modelled by using a constant value 

of interlaminar toughness, although the data 

reduction scheme suggests a progressive increment 

of GIIc with the crack length.  

 

 

Fig. 11. Numerical-experimental comparison of load vs. 

displacement response in 4ENF and in ENF test. 

 

The best correlation with the response of ENF test is 

obtained by using a GIIc of 2.0 kJ/m
2
. The 

discrepancy between the value considered in the 

4ENF test (GIIc = 1.8 kJ/m
2
) and the one considered 

in the ENF test (GIIc = 2.0 kJ/m
2
) is compatible with 

the scattering of the toughness values identified by 

4ENF tests, as confirmed by the sensitivity study, in 

terms of load-displacement response, reported in 

Fig. 12. 

Frictional effects between the arms of the 4 ENF 

specimens were also taken in to account. The 

numerical trends reported in Fig. 12 are related to 

three different models characterised by the same 

fracture toughness vale of GIIc = 1.8 kJ/m
2
 and three 

friction coefficients: =0.1; 0.3; 0.5. The increase 

of the friction coefficients tends not only to increase 

the load level at the initiation of crack propagation 

but also to increase the resistance of the specimen 

with respect to crack propagation. This aspect, that 

was observed in [15] only for Over Notched Flexure 

(ONF) test and not for 4ENF test is probably due, in 

this case, both to the characteristics of the system 

material considered and to the experimental set-up 

selected. 

 

 

Fig. 12. Fracture toughness sensitivity and frictional 

effects on the numerical-experimental comparison of load 

vs. displacement response in 4ENF. For clarity, the 

comparison of frictional effects curves was offset by 1.5 

mm. 

 

4. Tensile load tests on curved composite 

laminates without pre-damage 

Two curved beam specimens made of unidirectional 

glass fibre/epoxy system (CYTEC S2/5216), 

previously characterised by means of DCB and ENF 

tests, were manufactured with a homogeneous 

stacking sequence of 48 plies [0]48, in agreement 

with the geometrical lay-out proposed by the ASTM 

standard [20]. 

 

 

Fig. 13. Strain gauges disposition on the curved beam 

(CB) specimen (A) and lay-out of the tensile load test 

performed on MTS system (B). 

 

Both specimens were instrumented with four strain-

gauges disposed in a back-to-back configuration as 

reported in Fig. 13.(A). The tests were performed by 

means of an MTS/810 testing machine, clamping the 

tips of each specimen through a couple of grips, 

specifically designed to leave completely free the 

(B) 
SG1 SG2 

SG3 SG4 

(A) 

FEM 4ENF 
GIIc=1.8 kJ/m

2
 

FEM 4ENF 
GIIc=2.0 kJ/m

2
 

FEM 4ENF 
GIIc=2.2 kJ/m

2
 

FEM 4ENF 
GIIc=1.8 kJ/m

2
 

=0.5 

FEM 4ENF 
GIIc=1.8 kJ/m

2
 

=0.1 
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2
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rotational degree of freedom of the specimen around 

a transversal axis. Fig. 13.(B) shows a detail of the 

test lay-out with the specimen connected to the MTS 

testing machine. In order to perform a quasi-static 

load condition, each specimen was tested at a cross 

head speed of 1 mm/min. Both the specimens tested 

have shown a similar behaviour with the nucleation 

and subsequent propagation of three different 

interlaminar failure events as clearly presented by 

the sequence of Fig. 14.(A).(B).(C), and of Fig. 

14.(D).(E).(F) for specimen CB#1 and CB#2 

respectively. 

 

Fig. 14. Interlaminar crack evolution observed for CB#1 

test (A)-(B)-(C) and CB#2 test (D)-(E)-(F). 

 

The development of these crack propagation events 

has followed a different sequence in the two 

specimens. Indeed, the first interlaminar damage 

occurred approximately at one third of the thickness 

of the specimen in both the tests, but the second 

crack originated at different locations: between the 

position of the first delamination and the inner 

radius in the CB#1 test, as shown in Fig. 14.(B), and 

between the first delamination and the external 

radius in the CB#2 test, as shown in Fig. 14.(E). The 

opposite occurred in the third failure event: a new 

delamination developed above the first one in the 

CB#1 specimen (Fig. 14 (C)) and below the first 

one, in an interface very close to the inner radius, in 

the CB#2 specimen (Fig. 14 (F)). Load vs. 

displacement response for both the specimens as 

well as strain gauges responses were recorded during 

the tests. Figure 15 shows the load vs. displacement 

trends for the two specimens tested. 

 

 

Fig. 15. Load vs. displacement response of the two 

specimens tested CB#1 and CB#2. 

 

After an initial small adjustment phase, both 

specimens have shown a linear response until a limit 

load level in correspondence of the nucleation of the 

first delamination, which occurred at about 0.9 kN 

and 0.7 kN for specimen CB#1 and CB#2 

respectively. A sudden load drop occurs after the 

maximum load level was reached. Both specimens 

did not completely lose their load carrying capability 

because the propagation of delamination was 

arrested after the unstable phase. In this new 

damaged configuration both specimens are able to 

sustain a certain amount of load until a new level of 

force required to create a new interlaminar damage 

is reached. This is confirmed by the reduction of the 

stiffness of the laminate after each sudden load drop. 

 

 

Fig. 16. FE model of the curved beam specimen. 

 

A FE model of the curved beam test was developed 

on the basis of the proposed numerical technique. 

All interlaminar layers were modelled in the central 

part of the curved laminate. As a consequence, a 

scheme with 48 sub-laminates, modelled by means 

(A) 

(B) 

(C) 

(D) 

(E) 

(F) 
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of shell elements (S4R [8]), connected by 47 layers 

of solid elements (C3D8R [8]) was adopted. The 

lateral arms of the specimen were modelled by 

adopting a continuum shell FE scheme (elements 

SC8R [8]). The two dissimilar meshes were joined 

by a tie connection algorithm [8]. The in-plane mesh 

grid dimension is approximately of 1.0 mm x 1.0 

mm, in the inner part of the curved area of the 

specimen. Solid elements were characterised by the 

physical out-of-plane moduli reported in Tab. 1 and 

by the toughness values identified in the 

characterization tests. In particular, the initial critical 

fracture toughness in mode I, GIc = 0.2 kJ/m
2
 and the 

lowest value in mode II GIIc = 1.8 kJ/m
2
 were 

considered. Shell and continuum shell elements were 

characterised by a purely elastic orthotropic material 

model with the elastic properties reported in Tab. 1. 

Boundary conditions were introduced in the models 

by defining two reference nodes in the position of 

the hinges in the test configuration, and by 

connecting these two reference nodes to the tip of 

the model with two rigid bodies. According to this 

approach, one of the two reference nodes was 

clamped, except for the rotational DOF around the 

transversal axis of the specimen. At the other 

reference node, an appropriate velocity law in the 

longitudinal direction was defined, in order to 

reproduce the opening action, in a quasi-static 

regime, applied to each specimen by the MTS 

testing machine. All DOFs of this reference node 

were clamped; with the exception of the rotational 

one. All the quasi static analyses were performed by 

means of Abaqus Explicit code [8]. 

The qualitative response of the numerical model 

appears in acceptable agreement with the 

experiments. The numerical response can be 

considered a combination of the two damage modes 

observed in test considering the localization of the 

delamination and the sequence of crack events. In 

fact, the numerical approach captures the position of 

the first delamination with a good accuracy, as 

shown in Fig. 17.(A), but predicts the 

contemporaneous development of the other two 

cracks, as indicated in Fig. 17.(B). The comparison 

between the numerical and experimental damage 

scenarios confirms the capability of the proposed 

cohesive approach to identify the different locations 

of interlaminar damage onset, as well as to follow 

their unstable propagation in the absence of a pre-

damaged area. 

 

Fig. 17. First (A) and final (B) interlaminar damage 

configuration in the proposed cohesive model of curved 

beam specimen. 

 

Figure 18 shows the numerical-experimental 

correlation in terms of load vs. displacement 

response for a specific set of interlaminar strength 

values (I0 = 35 MPa and II0 = 70 MPa). ILSS tests 

were performed to identify the shear strength value, 

whereas the peeling strength was set by means of a 

sensitivity study. In fact, in agreement with the 

indication of the ASTM Standard [20], the response 

was found very sensitive to this last interlaminar 

strength value (I0). As a matter of fact, such a 

strength value affects the maximum peak load 

reached by the specimen before the first significant 

load drop, in correspondence of unstable 

propagation of the first interlaminar damage, 

qualitatively reported in Fig. 17.(A). The numerical 

model correctly represents the linear response of the 

two curved specimens until a maximum load level of 

about 0.70 kN in agreement with the value measured 

for the CB#2 specimen. As previously observed, for 

the qualitative response of the model, the 

contemporary development of the second and third 

delamination leads the numerical load vs. 

displacement response to be characterised by the 

presence of only two significant load drops. For such 

reason the response of the model is not able to 

accurately represent the post failure behaviour of the 

specimen between the second and third event. 

However, it should be observed that the stiffness of 

the specimen after the load drops is in good 

Damage 
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agreement with the experimental response after the 

delamination events.  

 

 

Fig. 18. Numerical-experimental comparison of load vs. 

displacement response for curved beam tests. 

 

Sensitivity study on the fracture toughness in mode I 

and mode II showed a little appreciable effect of the 

value in mode I particularly for the maximum peak 

load reached by the numerical model and no 

significant effect of the value in mode II. Finally, the 

results of a model performed by the superposition of 

two cohesive elements with a bilinear response in all 

the 47 interlaminar layers of the hybrid scheme, 

confirmed the negligible influence of the fibre 

bridging phenomenon on the response of curved 

beam specimens. Such result is in agreement with 

the small level of opening in mode I experienced by 

all the interlaminar cracks originated in the 

specimens. Further improvements of the model 

require an extension of the detailed hybrid scheme 

along the lateral arms, and also a probabilistic 

distribution of the strength properties. 

 

5. Conclusions 

The paper presents an alternative cohesive 

modelling approach particularly suitable to manage 

models of composite laminates characterised by the 

presence of several interlaminar layers. The 

technique adapts a cohesive model presented in 

literature to the description of a composite laminate 

as a collection of bi-dimensional elements 

representing sub-laminates, which are mutually 

connected by interface elements. Such elements are 

characterised by a null in-plane response and by a 

non-linear out-of-plane behaviour, which models the 

onset and propagation of interlaminar damage. This 

hybrid FE scheme avoids the need to introduce non-

physical penalty stiffness, as in traditional cohesive 

element approaches allowing an efficient solution by 

means of an explicit integration scheme without an 

excessive reduction of stable integration time steps. 

Hence, explicit analyses can be performed at a 

reasonable computational cost in order to efficiently 

model both static and dynamic problems. 

The approach has been initially applied to model 

DCB and ENF tests both in three-point and four-

point bending configurations. The numerical-

experimental correlations showed the capability of 

the numerical approach to reproduce well the load-

displacement response recorded in DCB tests during 

the stable propagation of interlaminar crack in mode 

I, in the presence of a considerable fibre-bridging 

effect. In fact, the versatility of the proposed 

approach has permitted to easily perform analyses 

with the superposition of two bi-linear cohesive 

responses following a semi-analytical procedure 

based on the experimental DCB R-curves. Similar 

good results in terms of load-displacement 

numerical vs. experimental correlations were 

obtained in the simulation of mode II interlaminar 

crack propagation both in unstable and stable regime 

of propagation observed in ENF and 4ENF tests, 

respectively. Sensitivity analyses on the effects of 

mode II fracture toughness values and of friction 

coefficients on the numerical response of 4ENF tests 

were performed. In particular, the latter ones 

confirmed the significant role played by the 

frictional contact between crack faces under the 

loading points during crack propagation on the load-

displacements response of 4ENF tests. 

The numerical technique has been subsequently 

applied to model the interlaminar fracture onset and 

propagation within an undamaged curved laminate 

in a quasi-static tensile load condition. The 

comparison between the numerical and experimental 

damage patterns points out both the capability of the 

technique to identify the different locations of the 

interlaminar damage onset in the absence of pre-

damage zones in the laminates and its capability to 

follow the propagation of multiple interlaminar 

cracks. The numerical-experimental correlation of 

load vs. displacement curves shows that the 

numerical approach can capture all the most 
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significant quantitative aspects of the experimental 

response in terms of stiffness, maximum load peak 

before the onset of damage, and load levels during 

the stable propagation of multiple delaminations. 
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1 Introduction  

In addition to be recyclable, natural fiber reinforced 

polymer composites (NFC, bio-based composites) 

have interesting mechanical properties and can rival 

with conventional non-degradable materials for 

some applications. However, the major obstacles to 

the development of the NFC are the environment 

effects, namely: heat, ultraviolet radiation and 

moisture that can cause premature deterioration of 

structures and make them inadequate to fulfill their 

function. Moreover, the heterogeneity of composite 

materials makes the study of the ageing process and 

damage more complex, especially in the case of 

injected thermoplastic matrixes reinforced with 

vegetable fibers. The hydrophilic behavior of the 

reinforcements opposes the hydrophobicity of the 

matrix, thereby generating different absorption 

mechanisms. Generally, the presence of water in 

composites has adverse effects on its mechanical 

properties. 

The absorption of water by this type of materials 

usually evolves in two steps: a first linear stage 

characterized by a constant diffusion coefficient D, 

and a second one for which the moisture of the 

material reaches a maximum level characterized by a 

saturation plateau. This interaction of water 

molecules with the material is generally described 

by Fick’s second law [1]. The kinetics of moisture 

diffusion in composite materials depends on several 

parameters i.e. fibers’ nature (chemical composition, 

geometry, volume fraction, variability), matrix 

properties, presence of porosities and quality of 

fiber/matrix’s adhesion. The time required to reach 

saturation is dependent on the surrounding 

temperature and environment (water purity, moisture 

percentage) in which the material evolves. 

Several studies have examined the diffusion of 

moisture in composite materials. Jost [2] has used 

Fick’s model with a constant coefficient of diffusion. 

Similarly, Kushwaha and Kumar[3] found a Fickian 

behavior of water diffusion in bamboo-polyester 

composites. The study of hybrid materials e.g. 

polypropylene / hemp / glass by Panthapulakkal and 

Sain [4] showed an absorption obeying to Fick’s 

diffusion model.  

However, Fick's diffusion law cannot be generalized 

and specific cases of diffusion are governed 

differently. For illustration, different types of non-

Fickian behaviors are compared to typical Fick’s 

curve in Fig.1. 
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simulations. The results obtained show a very good correlation between experimental, analytical and 
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• curve (0): Fickian absorption behavior;  

• curve (1): pseudo-Fickian behavior for 

which equilibrium is never reached; 

• curve (2): Langmuir-type kinetics; 

• curve (3): absorption followed by material 

damage at saturation; 

• curve (4): weight loss after a certain period 

of aging (presence of physical damage, 

chemical or material hydrolysis). 

It is accepted that the kinetics of diffusion is not 

considered as Fickian if the initial trend (less than 

60% of the saturation mass) of the absorption curve 

as function of the square root of time is not linear 

[5]. Among non Fickian models, Langmuir’s model 

[6] exhibits two saturation stages (Fig.1). For cases 

where the diffusivity is a variable function over the 

time, Weitsman [7] have proposed a diffusion 

coefficient depending on time and temperature. Yeh 

et al.[8] have presented a study of diffusion with two 

levels in order to describe the adsorption behavior of 

the humidity in a cyanate ester resin. In this work, 

authors have considered the first stage as Fickian 

and the second one characterized by a decreasing 

diffusion coefficient over time. We will see along 

the next paragraphs that, in the context of the work 

presented here, a model with variable diffusivity 

over time appears to be the most appropriate.  

 

 
 

Fig 1. Schematic curves representing 4 non-Fickian 

kinetics of water absorption [9]. 

 

In Fig.1, Ms is the moisture content at saturation 

while Mt is the moisture content at time t. The 

present work aims at the modeling of the behavior of 

water aged short hemp fibers /polypropylene (PP) 

composites. The experimental data are compared to 

predicted values to assess the validity of 

assumptions. 

 

2 Experimental protocol 

 
The material specimens tested are made of hemp/PP 

granules with a reinforcement volume fraction of 

30% (Fig.2.a). Compounds were injected at the 

temperature of 180°C with a Billion electric 

thermoplastic injection machine of mold closing 

force capacity of 100 tons (Fig.2.b). The material 

considered in this work is a composite with a 

thermoplastic matrix (polypropylene) increased to 

30% volume fraction of hemp short fibers. Molded 

tensile specimens were dumbbell shaped with a 

central zone’s length of 50 mm, with width and 

thickness of respectively 10 and 4 mm as nominal 

dimensions, in conformity with ISO 294 standard 

(Fig.2.c). 40mm × 150mm × 10mm tensile 

specimens (alters) are produced by injection of 

granules composed of polypropylene and short 

fibers of hemp (see Fig.2.a) according to the 

standard (ISO 294-1). Fig.2.b shows the injection 

machine used for the manufacture of test specimens. 

 

a) b) 

 
c) 

Fig.2. a) Hemp/polypropylene granules, b) Electric 

injection machine and c) injected tensile specimen. 

 

The aging tests were performed in a thermo-stated 

bath containing distilled water. The specimens were 

oven dried at 75°C for 24 hours before immersion in 

distilled water at 4 temperatures (20, 40, 60 and 80 

°C) according to the ASTM D570-98 standard. The 

samples were weighted every day on a regular basis 

on a balance with 10
-3

g accuracy. The effects of 

water absorption on the evolution of mechanical 

properties of the material were measured by 
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monotonic and cyclic tensile tests. Tensile tests are 

performed with rate of 2 mm/s, by means of the 

INSTON type tensile machine, equipped with a load 

cell with a maximum capacity of 150 KN. Several 

parameters can be acquired simultaneously (time, 

applied load, deformation). Specimens were placed 

between the jaws of the tensile testing machine 

while taking care of vertical alignment and a strain 

gauge is used. 

 

3 Diffusion of moisture and thermal analogy 

 

The considered model the kinetics of water 

absorption in composite materials is Fick’s model 

given in relation (1). C represents the local 

concentration of humidity, D the diffusion 

coefficient, (x, y, z) the material coordinates and t 

time. 
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Considering the material homogeneous and isotropic 

and assuming that diffusion mainly occurs along the 

specimen’s thickness Dx = Dy = Dz = D and equation 

(1) simplifies to relation (2). 
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(2) 

This equation is analogous to the differential 

equation of heat diffusion, which by the way can 

also be used to model the diffusion of moisture in 

materials. Thus, Fick’s law can be solved by analogy 

with the thermal diffusion phenomenon [1-3] given 

in equation (3). The temperature (T) and thermal 

diffusivity (α) are respectively comparable to C and 

D parameters in relation (2).  
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(3) 

Thanks to the analogy between equations (2) and 

(3), the modeling of Fickian moisture diffusion can 

be solved using a heat transfer Finite Element 

Analysis (FEA) solver [4]. The only restriction in 

doing that is the fact that both moisture and 

temperature diffusion cannot be solved together. In 

our case, temperature is considered as constant with 

space coordinates and time (for the specimens and 

distilled water used for immersion).   

4 Experimental results and discussion 

In order to measure the water absorption, the 

composite specimens have been weighted daily and 

the moisture absorption calculated as the relative 

weight uptake (see equation 4 from  [10]). 

100(%)
0

0
×







 −
=

m

mm
M

f              (4) 

where 

M(%)  : water absorption percentage 

mf : mass of the aging specimen 

m0 : mass of the dry specimen 

 

Fig.3 presents the evolution of water absorption as a 

function of the square root of days for specimens 

immersed in distilled water at 4 different 

temperatures (20, 40, 60 and 80 °C). The curves 

clearly show variations in the slope or the rate of 

diffusion depending on water temperature when all 

facets of the specimens are in contact with water. 

Indeed, the rate of diffusion increases with water 

temperature. This can be explained by the outbreak 

of several types of diffusion with increasing 

temperature that accompanies the rapid degradation 

of the fibers and fiber-matrix interface [11].  

 

On the other hand, saturation levels are about the 

same for each temperature. The time required to 

reach saturation depends on the rate of penetration 

of the water particles in the material and 

consequently of the material's temperature. 

 

As shown in Fig.1 (curve 0), in the case of a purely 

Fickian behavior, the first stage of the absorption 

curve is linear and the diffusion coefficient D is 

constant.  

This coefficient is calculated from the slope of the 

absorption curve between time t1 and t2 as follows 

[1, 10]: 
2

12

12

2

4 













−

−
×








=

tt

MM

M

h
D

s

π    (5) 

ICCM19 1887



 

4  

M1 and M2 are the water uptake at times t1 and t2 

respectively, Ms is the water uptake at saturation 

and h is the specimen's thickness. 

 

 
Fig.3. Moisture uptake over the square root of time 

for samples immersed in water at four different 

temperatures. 

 

Fig.3 shows that, in our experiments, the slope of 

these absorption curves, and by the way the 

diffusion coefficient, is clearly not constant. This 

highlights that the behavior associated with these 

water absorption curves is not purely Fickian and it 

also suggests that the actual behavior could be 

modeled using a variable diffusion coefficient D as 

it is the case in some of the references mentioned in 

the introduction. 

 

5 Analytical and FE solution of Fick’s equation 

 

Water absorption with time is obtained by solving 

the one-dimensional form of Fick’s equation. The 

analytical solution of this equations is given by [9]:  
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This solution can be considered as a good first 

approximation in the case of thin specimens. This 

allows a validation of FEA results and it also allows 

quickly simulating the introduction of a varying 

diffusion coefficient in the model as presented in the 

next section. 

 

As mentioned in the previous sections moisture 

diffusion with time can also be simulated with FEA, 

using an analogy with thermal diffusion. We used a 

thermal solver along with a Visual Basic© macro 

aimed at calculating the evolution of water 

absorption with time from the transient moisture 

distribution field ( )tzyxC ,,,  as provided by FEA 

results. 

 

Water absorption at time t can be calculated from the 

transient moisture distribution field ( )tzyxC ,,, by 

integrating it over the specimen’s volume V: 

 

( )∫∫∫=
V

t dxdydztzyxCM ,,,                     (7) 

This integral is calculated from 3D FEA results 

using a Gauss-Legendre quadrature [12]. 

 

The experimental and numerical evolutions of water 

absorption with time for a specimen immersed in 20, 

40, 60, 80°C water as a function of time are 

compared in Fig. 4, 5, 6 and 7 respectively. Overall, 

the moisture in both cases exhibits the same increase 

trend. However it can be noticed that the FEA 

results first over-estimate the water uptake, then 

numerical prediction becomes more accurate 

compared to the experimental measurements, near 

the saturation level. This difference can be explained 

by the fact that the actual behavior of water 

absorption in this material cannot be considered as 

exactly Fickian.  

 

 
Fig.4. Experimental and finite element results of 

moisture content as a function of time in the case of 

immersion in water at 20°C. 
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Fig.5. Experimental and finite element results of 

moisture content as a function of time in the case of 

immersion in water at 40 °C. 

 

 

 
Fig.6. Experimental and finite element results of 

moisture content as a function of time in the case of 

immersion in water at 60 °C. 

 

Moreover, as introduced in the previous section, the 

shape of these experimental curves suggests that the 

actual diffusion coefficient (D) is not constant but 

increases during the absorption process. 

 

Fig.8 shows FEA simulation results of the spatial 

distribution of moisture concentration versus time 

for a specimen that has been completely immersed 

and for which all facets are in contact with water at 

temperature 20º C. The specimen’s dimensions are 

150mm x 10mm x 4mm.  

 
Fig.7. Experimental and finite element results of 

moisture content as a function of time in the case of 

immersion in water at 80 °C. 

 

 

Fig.8. FEA simulation of the concentration with time 

across a section of a specimen that is immersed in 

water at 20 °C. 

 

6 A new non-Fickian model 

 

The observation of experimental results indicates 

that the diffusion kinetics studied is not Fickian and 

by the way, experimental results of diffusion cannot 

be represented using equation (6) with a constant 

diffusion coefficient D.  

 

The variation of the diffusion coefficient with time 

can be explained by the physical and chemical 

phenomena that occur during the penetration of 

water into the composite. In the literature, several 

authors have studied the absorption of water by 

natural fiber composites and its effect on material’s 

mechanical properties. The exposure to water of a 

composite reinforced by natural fibers known for 

their hydrophilic nature causes swelling in the fiber 

which causes micro cracks in the matrix and then the 

separation of the fiber-matrix interface, thereby 

creating additional passages for the water particles 
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which increases the rate of water penetration [11, 

13] 

 

Therefore, we propose replacing, in equation (6), the 

constant diffusion coefficient D by a new variable 

coefficient with time: 

 
2

0),(
t

eDtTD
ω=                                               (8) 

 

where 

D0 represents the initial diffusion coefficient and ω a 

corrective coefficient. 

 

As illustrated just below, both D0 and ω vary with 

the temperature of water immersion and the 

variation of these coefficients can be derived from 

the experiments at different immersion temperatures.  

 

We have applied this new analytical model on the 

experimental data presented in previous sections for 

each temperature and Tab.1 summarizes parameter 

values obtained. In Tab.1 Ms, D0, R and T are 

respectively, the mass increase at saturation (in %), 

the initial diffusion coefficient, the ideal gases 

constant and water immersion temperature (in 

degrees Kelvin).  

 

Tab.1. Diffusion parameters at different 

temperatures obtained from experimental data. 

 

T (K) 293,15 313,15 333,15 353,15 

Ms (%) 7.559 7.852 7.57 7.58 

D0 (mm2/day) 6.516 10-3 2.579 10-2 8 10-2 2.722 10-1 

ω (K
-1

 s
-2

) 0.00003 0.0008 0.002 0.01 

R (J/mol K) 8,31 8,31 8,31 8,31 

d0 (m
2/s) 0.0989 0.0989 0.0989 0.0989 

Ea (kJ/mol) 23.004 23.004 23.004 23.004  

 

Fig.9 shows the variation of the initial diffusion 

coefficient as a function of immersion temperature. 

It appears that this variation of the initial diffusion 

coefficient D0 is consistent with the Arrhenius law 

[14]. Thus, we can express the diffusion coefficient 

in the form of equation (9). 

 









−

= RT
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edTD
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where 

 d0: index of water permeability in the material  

Ea: diffusion activation energy 

R: ideal gases constant  

T: immersion temperature in degrees Kelvin 

 

 
Fig.9. Variation of D0 with temperature. 

 

From the approximation shown in Fig.9, we obtain 

the following evolution of D0 with water temperature 

T (in degrees Kelvin):  

 









−

= TeTD

7.2766

0
 1.0)(                (10)

  

Then, from the approximation shown in Fig.10, we 

obtain the following evolution of ω with water 

temperature T (in degrees Kelvin): 
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The diffusion coefficient finally writes as follows: 
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Fig.10. Variation of ω with temperature. 

 

Fig.11 illustrates the comparison between 

experimental results and simulation results obtained 

using the analytical solution of the diffusion 

equation (see equation 6) taking into account a 

variable diffusion coefficients calculated from 

equation 12. 

 

It can be clear seen that, for the 4 water temperatures 

considered, the correlation is much better than when 

using a constant diffusion coefficient. 

 

 
Fig.11. Experimental results of water isothermal 

diffusion compared with the new analytical model of 

diffusion for temperatures 20 °C, 40 °C, 60 °C, and 

80 °C. 

 

 

 

 

7 Implementation in the FEA model 
 

The next step consists of applying the variable 

diffusion coefficient introduced in the previous 

section in the FEA simulations and comparing the 

results obtained with experimental data.  

  

Fig.12 shows the comparison between the 

experimental results of hydrothermal aging, at the 4 

temperatures considered in previous sections, with 

FEA simulations, using the new diffusion model 

with a variable diffusion coefficient. These results 

illustrate that, as expected, the correlation with 

experimental data is much better than when using a 

model with a constant diffusion coefficient, and this 

for the 4 water temperatures considered,. 

 

 
Fig.12. Experimental results of isothermal diffusion 

compared with FEA simulations based on the new 

model of diffusion for temperatures 20 °C, 40 °C, 

60 °C, and 80 °C. 

 

8 Conclusion 

In this contribution, the kinetics of water diffusion in 

a polypropylene composite reinforced with short 

hemp fibers is studied. Several immersion tests with 

distilled water in an isothermal bath have been 

conducted and it appears that the absorption process 

cannot be described using Fick's model. Indeed, the 

first stage of diffusion over the square root of time is 

clearly nonlinear. A new model, based on the 

introduction of a variable diffusion coefficient in 

Fick’s diffusion equation is successfully considered. 

Experimental results show that the diffusion 
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coefficient strongly depends on water temperature, 

and therefore, the time required to reach saturation 

also strongly depends on water temperature. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Government regulations push automotive 

manufacturers to continually increase fuel efficiency 

Error! Reference source not found..  As a result, 

automotive companies are exploring lightweight 

materials as alternatives to aluminum and steel.  Of 

special interest for decreasing vehicular weight is the 

use of fiber-reinforced composites.  Both woven 

fabric and non-crimp fabrics (NCFs) have been 

under investigation for this purpose [2][3].  These 

materials are attractive due to their high strength-to-

weight ratios and corrosion resistance compared to 

traditional metal parts.  An additional benefit of 

these materials relative to metals is the option to 

tailor their energy absorption characteristics. 

NCFs are displacing woven fabrics as a preferred 

choice for reinforcement due to their ability to 

conform to complex geometries better than woven 

fabrics [4][5].  Another advantage of NCFs 

compared to woven fabrics is the absence of 

undulations (crimp) which enhances in-plane 

mechanical properties.  These undulations reduce the 

efficiency of the straight-line load path as compared 

to what can be realized in an NCF.  The main mode 

of deformation for an NCF during forming is 

shearing as the absence of crimp limits the 

extensibility of the yarns.  Unlike woven fabrics, 

where the weave pattern holds the yarns together, in 

NCFs thin stitching is often used to hold the yarns in 

position relative to one another.  In addition, the 

stitching improves the handling stability and 

delamination toughness of the fabric.  NCFs can be 

either a dry fabric or a pre-preg.  Pre-preg NCFs are 

an attractive option for high-throughput 

thermoforming processes because the pre-preg 

removes the need for a resin infusion step, and the 

pre-preg may also act as a means to hold the yarns in 

position thereby eliminating the need for the stitches 

and the cost associated with the stitching process.  

However, the thermostamping of unstitched fabrics 

can present challenges as the resin viscosity 

decreases during forming due to the high 

temperature of the tool.  This decrease in viscosity 

allows the yarns to move freely relative to each 

other, which can cause undesirable defects such as 

out-of-plane wrinkles and yarn spreading or 

bunching. Thus, the fabric type and architecture, as 

well as its drapeability and permeability when the 

process requires a resin-infusion step, must be 

carefully considered as the formability, quality and 

performance of the final part are highly dependent 

on those characteristics. 

Modeling the forming of fiber-reinforced composites 

has been of interest for more than a decade [2-12]. 

Uncertainties in both material behavior and 

processing conditions often result in overdesigned 

parts that unnecessarily increase weight and costs. 

Having a design tool that can simulate the 

manufacturing process and reduce or remove the 

need for the iterative design-build-test process 

would decrease the design cycle time and cost.  

However, the design tool must be able to capture the 

evolution of the orientation of the yarns during 

forming and predict whether or not defects will 

develop during forming.  Fig. 1 shows a schematic 

of common defects, such as out-of-plane waves or 

wrinkles, folding, in-plane waviness and tearing.  

These defects compromise the quality of the formed 

part and reduce strength and fatigue performance.  

Thus, the design tool must also be capable of 

capturing where such defects may develop during 

the composite manufacturing process.   It is also 

important for the tool to predict and simulate the 

orientation and density of the fibers as these features 

affect the permeability of the fabric which is 

important for infusion and molding processes.  This 

tool could be used as a design-aid to determine 

acceptable processing conditions such as mold 

geometry, punch velocity, binder pressure, and the 

initial ply orientations to ensure a part can be formed 

free of defects. 

As vehicles progress to become ‘smarter’, the 

demands on the communication networks within a 
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vehicle will increase.  Fiber-optic networks can 

provide the foundation for high-speed and high-

bandwidth communications within a vehicle.  A 

large-scale composite structure can incorporate 

interlaminate fiber-optic cabling just like a printed 

circuit board. Using a forming process to 

manufacture composite structures with embedded 

fiber-optic cabling can provide significant cost 

savings by minimizing manually-installed wiring 

harnesses. In addition to weight savings without 

having to compromise part strength, the composite 

layers would add protection to the fiber-optic cables.  

While the fiber within currently available fiber-optic 

cables is small, the protective coating of the cable is 

of a fairly significant diameter relative to the fabric 

thickness. This significant diameter can present 

challenges during forming as it can potentially lead 

to the formation of defects.  The simulation tool 

would be very useful in exploring the potential 

challenges to integrate communication cabling into 

composite parts and to allow for exploring ways of 

reducing the adverse effects due to the presence of 

the embedded cabling.  

Thus, the motivation for this research is to 

investigate the feasibility of a high-volume low-cost 

manufacturing process for expanding the use of 

composites to reduce vehicle weight and embed 

fiber-optic cabling for high-speed communications 

within a vehicle.  To this end, a hybrid finite-

element discrete-mesoscopic approach is proposed 

to model the forming of composite parts using a 

unidirectional glass pre-preg NCF.  The forming of a 

hemisphere is simulated using a finite element 

model of the fabric, and the results are compared to 

a thermostamped part as a demonstration of the 

capabilities of the proposed methodology.  Forming 

simulations of a NCF into a double-dome structure 

with geometry previously used in an international 

benchmarking program [6], are then performed with 

the validated finite element model of the fabric to 

explore the ability of the layered NCF to 

accommodate the presence of interlaminate cabling.  

As stated, the intent of the cabling is for use as a 

communication network and is analogous to a 

printed circuit board.     

2 Background 

The primary composite layup considered in this 

research is four layers of unidirectional fabric with a 

0/90900 stacking sequence.  The simulation 

approach for the modeling of two mutually 

perpendicular layers of fabric incorporates beam 

elements to represent the tensile properties of 

respective yarns of each layer of the NCF and shell 

elements to represent the shear properties of those 

two layers of the NCF.  Thus, Fig. 2 shows a unit 

cell of such a modeling approach for the case of a 

0/90 layup of two layers of the unidirectional 

fabric.  Prior work has shown that the unit cell can 

be scaled such that a beam element can represent 

more than one yarn in the fabric without 

significantly impacting the fidelity of the results 

while reducing the computational time needed for a 

forming simulation.  In this research, each beam 

element represents 10 yarns.  Also, this unit cell is 

the same unit cell used for a 0/90 woven fabric for 

which this modeling procedure has been previously 

documented [2].  The difference between finite 

element models for the two different types of fabrics 

is within the user subroutines which are based on 

characterization experiments for the specific 

material.  Application of this procedure for a single 

layer of unidirectional material is discussed in [3] 

and [6].  It has also been previously noted that the 

displacement results are the same whether one layer 

is formed at a time or all layers are formed at the 

same time.  Thus, stacking sequence is not important 

in forming even though, stacking sequence can be 

important in the response of the formed part to 

applied loads or service conditions.    

This proposed method for simulating the forming of 

NCFs into a composite structure allows for an 

automated process for capturing the evolution and 

final configurations of the primary load carrying 

paths of the composite structure as defined by the 

yarns.  The formation of defects such as those shown 

in Fig. 1 that may occur during the forming process 

can be observed in this forming simulation.  This 

defect information can be used to guide changes in 

the design of the part or in the manufacturing 

process to minimize the potential occurrence of such 

defects.  

3 Experimental program   

The experimental program was conducted in two 

phases.  First, material characterization tests were 

conducted to provide input into the simulations.  

Then, hemisphere forming experiments were 

conducted for comparison to simulation results and 

to explore the formability of the pre-preg NCF 

material. 
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3.1 Material characterization  

Material characterization tests were completed to 

determine the mechanical behavior of the NCF in 

tension and in shear.  Tensile tests were completed 

to characterize the tensile stiffness of the fibers, the 

main direction through which the load is carried 

during forming.  Shear-frame tests were conducted 

to characterize the in-plane shear stiffness as 

shearing is the main mode of large deformation 

during forming.  Additionally, friction tests were 

conducted to characterize the friction between the 

tool and the fabric and the friction between fabric 

layers.   

3.1.1 Tensile characterization  

Uniaxial tensile tests were performed on an 

INSTRON 4464 universal testing machine with a 

2-kN load cell. Pneumatic grips were used to clamp 

the samples, which were tested at a rate of 5 mm/s. 

Individual yarns could not be pulled out of the fabric 

material for testing, therefore 12.7-mm wide 

samples were used.  A gauge length of 

approximately 0.5 m was chosen to minimize the 

effect of the deformation in the grips.  To prevent 

slippage of the tensile specimens in the grips, the 

ends of the samples were embedded into Twintex® 

material and consolidated at 175C.  

Samples were tested at room temperature only.  It 

was assumed that the low modulus of the uncured 

resin would have an insignificant effect on the 

tensile properties of the uncured fabric.  The average 

tensile stiffness was determined from the slope of 

the load/true-strain curve and the modulus of the 

fibers was determined from the slope of the 

stress/true-strain curve (Table 1).  The stress was 

calculated using the effective cross section of the 

specimen, Aeff, given by,  

 

     
       

                                 
 (1)  

where VFglass is the glass volume fraction, linear is 

the fabric linear density, and glass and resin are the 

glass and resin densities, respectively [8].  Five 

samples were used to calculate the average values of 

the tensile stiffness and the modulus. 

The experimental tensile modulus (24.9+0.3 GPa) 

reported in Table 1 was compared to the analytical 

value (29.5 GPa) calculated from the manufacturer’s 

reported fiber volume fraction and the tensile 

modulus of fiberglass.  The small difference (15.6%) 

is attributed to material imperfections resulting from 

the manufacturing process.  The reasonably good 

agreement between the experimental and analytical 

moduli supports the credibility of the experimental 

methodology used to determine the effective tensile 

modulus of the yarns. 

The tensile modulus of the yarns was implemented 

into the finite element model for forming 

simulations via user-defined material subroutines.  

The user-defined material subroutines available with 

Abaqus/Explicit are named VUMAT and allow for a 

user-supplied constitutive model to be linked with 

the Abaqus solver.  The solver provides the state of 

strain to the user-defined material subroutine, and 

the subroutine returns the associated stress values to 

the solver.  

3.1.2 Shear characterization  

Shear-frame tests were conducted on an INSTRON 

4464 universal testing machine to characterize the 

in-plane shear stiffness of the NCF at the handling 

temperature (i.e. room temperature) and the forming 

temperature of 50C [3].  Fig. 3 shows the NCF 

mounted in the shear frame before and after 

deformation.  Fig. 4 shows a schematic 

representation of the shear behavior at the handling 

temperature (load vs. shear angle) for the NCF 

during the shear test.  When the test sample is 

mounted in the frame, the unidirectional fibers are 

initially parallel to each other and essentially 

uniformly spaced across the width of the fabric.  As 

the frame starts to deform, the fibers begin to shear 

and to slip relative to one another.  However, until 

the locking angle is reached, the yarns remain 

essentially parallel, although rotated from their 

original configuration.  As the fibers rotate, they also 

begin to move closer to each other.  The friction and 

compaction between the fibers causes the shear 

stiffness of the unidirectional pre-preg material to 

increase until the locking angle is reached. At the 

locking angle, the fibers reach a compaction limit 

and are no longer able to move in-plane relative to 

each other.  They are forced to deform out of plane, 

which results in a decrease in the shear stiffness past 

the angle indicated by a dotted line in Fig. 4.  The 

locking angle for this material at the handling and 

the forming temperatures is approximately 20 of 

shear [3]. 

In initial tests, an out-of-plane wave pattern was 

observed across the width of the test sample, and the 

wave extended along the entire length of the fabric. 

It was determined that the out-of-plane deformations 

were caused by the clamped fabric edges, which did 
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not allow individual fibers to slide relative to each 

other.  There was concern that this edge effect could 

compromise the quality of the shear characterization 

of the fabric.  Thus, the geometry of the shear-frame 

specimen was modified to minimize the edge effects 

noticed during this initial test.  As shown in Fig. 5, 

slits were cut at every 3 mm to form the arms of the 

specimen in an effort to allow for in-plane sliding of 

the yarns in the middle of the sample.  Two 5-mm 

strips of the same pre-preg material were taped on 

the outside of the region of interest to prevent fabric 

tearing due to the slits (Fig. 5).  The length of the 

frame LF was 216 mm, and the length of the fabric 

Lf was 130 mm. The specimen was sheared at a rate 

of 2 mm/s.  The motivation for making the slits was 

based on previous shear-frame testing of woven 

fabrics where it was realized that by removing the 

cross yarns in the arms of the test specimen, the 

fabric would exhibit more uniform shear 

deformation across the sample than it would with the 

cross yarns [9][10]. 

The results for the shear behavior of the NCF at the 

processing temperature were compared to room-

temperature results.  As expected, the shear stiffness 

is considerably lower at the processing temperature, 

a phenomenon that can be attributed to the lower 

viscosity of the resin at the processing temperature 

compared to the viscosity at room temperature  

(Fig. 6).  With a lower-viscosity resin, the tows are 

able to rotate more easily than with a higher-

viscosity resin and thereby may have improved 

drapeability during a thermostamping process prior 

to curing [3].  Although drapeability is improved, 

there is a trade-off with using a lower-viscosity resin 

compared to a higher-viscosity resin.  A lower-

viscosity resin can allow defects to form more easily 

than a higher-viscosity resin.  

The load versus shear-angle results obtained directly 

from the shear-frame tests were converted to shear 

stress versus logarithmic strain values per the 

methodology described in [10].  A 5
th
-order 

polynomial was fit to the resulting curve and 

differentiated once as described in [2] to obtain the 

tangent shear modulus, G(L), as a 4
th
-order function 

of the shear angle, 

 433.09.52.236.337.16)(
234

 LLLLLG       (2) 

Eq. 2 was implemented into the finite element model 

for forming simulations via user-defined material 

subroutines.     

3.1.3 Friction characterization  

The procedure for experimentally characterizing the 

friction behavior between the fabric and the tool as 

well as between fabric layers is discussed in detail in 

[6].  Based on the results documented in [6], static 

and dynamic coefficients of friction with 

exponential decay constants were incorporated into 

the finite element models of the hemisphere and the 

double-dome. 

3.2 Forming experiments 

Hemisphere forming experiments were completed to 

explore the formability of the unidirectional pre-preg 

NCF material and for comparison to the simulation 

results.  An environmental chamber was used for the 

forming of four layers of the fabric—with a stacking 

sequence of 0/90/90/0 at the processing 

temperature of 50C.  Defects such as fiber bunching 

and separation were observed in the regions where 

the fibers were oriented normal to the tool edges as 

shown in Fig. 7(a).  The close-up view in Fig. 7(a) 

shows the fiber bunching and separation in detail. 

4 Finite Element Modeling 

Finite element models of a hemisphere were 

completed to investigate the capability of the beam-

shell methodology and the material properties 

determined from the characterization experiments to 

capture the response of the material during a 

forming process.  These models were completed 

using Abaqus/Explicit.  However, this process is not 

limited to Abaqus/Explicit.  In theory, this process 

for creating the design tool can be applied to any 

finite element software package that allows user-

defined material models.  For example, the 

methodology has been implemented into LS-DYNA 

[2][11].  The results from the Abaqus/Explicit finite 

element simulation depicted in Fig. 7(b) show 

excellent correlation with the actual forming 

experiment of Fig. 7(a).  The phenomenon of the 

spreading and bunching of the yarns comprising the 

unidirectional plies observed in the forming 

experiment are well captured by the model.   

Additionally, forming simulations of a double-dome 

structure with the presence of a hypothetical 

interlaminate  cable were performed to explore the 

capabilities of the finite element model to 

accommodate the presence of cabling embedded 

between four layers of the unidirectional pre-preg 

NCF with a 0/90/90/0 stacking orientation  

(Fig. 8).  To account for four layers of the fabric, 
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two layers of the unit cell depicted in Fig. 2 were 

used in the finite element model.  Each unit cell 

represents two layers of the NCF fabric under 

investigation – one layer in the 0 orientation and 

one layer in the 90 orientation.  The cable was 

placed between the unit-cell layers in the finite 

element model, i.e. two plies on either side of the 

cable.   

At this time, it should be noted that the fiber-optic 

cables currently available for vehicle applications 

have a protective jacketing of significantly larger 

diameter (~3 mm) than the optic fiber alone.  

However, the protective jacketing is not suitable for 

the high temperature (150C) needed to cure the pre-

preg NCFs after forming.  Note that this curing 

temperature is significantly higher than the 

processing temperature (50C).  Thus, it is the 

curing temperature, not the forming temperature, 

which limits the automated incorporation of the 

fiber-optic cable into the composite structure in the 

manner described.  As a result, only a hypothetical 

representation of the cable that could potentially be 

used in future applications was modeled. The finite 

element simulation of the forming of the composite 

structure with the embedded cable has the advantage 

of not explicitly considering temperature.  Thus, the 

potential for incorporating such a cable can be 

investigated before a suitable cable actually exists.  

Upon availability of a suitable cable, the material 

properties of the cable at the processing temperature 

can be considered explicitly in the model.   

For the double-dome structure, the model shows that 

the presence of the hypothetical cable may introduce 

out-of-plane wave defects that could compromise 

part quality (Figs. 1(a) and 9).  These wave defects 

are at least partially a result of the significant 

difference in the thickness between the fabric and 

the cable encased in a protective coating.  The 

diameter of the protective coating of the hypothetical 

cable is approximately 3 mm, while the thickness of 

a single layer of fabric is approximately 0.2 mm.  

Thus, there is a ratio of 15:1 between the coating and 

the fiber optic.  The relatively large diameter of the 

encased cable compared to the thickness of the 

fabric creates a potential for introducing defects in 

the formed parts.  The model was used to further 

explore changes in the manufacturing process to 

potentially avoid the formation of such (or similar) 

defects. 

For example, it should be noted that the tooling in 

this finite element model is slightly different from 

the actual tooling in the international benchmark 

project.  With the introduction of the cable, it was 

necessary to split the binder just wide enough for the 

cable to pass through the binder region of the tooling 

thereby allowing the fabric to wrap around the cable 

while the binder could otherwise place uniform 

pressure on the fabric during the forming process 

and avoid gap defects (Fig. 8).  Also, the finite 

element model does not account for compaction of 

the cable under high curing pressure or ripping due 

to high tensile loads.  However, a failure criterion 

for the breaking of yarns such that tearing can be 

captured by the model could be implemented if 

deemed necessary.  In the absence of a tearing 

criterion in the model, the tensile stresses in the 

yarns can be viewed.  If any tensile stresses exceed 

the ultimate stress of the yarn, the user can assume 

that tearing would have occurred. 

After updating the binder so that uniform pressure 

could be applied to the fabric stack, it was noted that 

a pocket defect (Fig. 1(a)) was present on the inside 

of the binders (Fig. 9).  Thus, it was also necessary 

to modify the punch geometry to accommodate the 

shape of the cable to allow application of uniform 

pressure to the fabric when the punch and die were 

fully closed. 

At this stage, it was noted that the mesh density 

currently used in the model was not appropriate for 

the fabric stack to conform to the shape of the cable  

(Fig. 9) based on the tent (triangular) shape of the 

shell elements in the vicinity of the cable.  

Increasing the mesh density of the whole fabric 

blank is not an efficient modeling approach due to 

the resulting increased computational time.  The 

only real need for increased mesh refinement is for 

improving the resolution around the small section of 

the fabric stack in the immediate area of the cable.  

Thus, increasing the mesh density of the elements 

only around the area of the cable is the preferred 

method as shown in Figs. 10 and 11.  With this 

increase in mesh density, beam properties were also 

scaled appropriately.  Note that Fig. 10 shows the 

deformation results from the cross-sectional view 

and Fig. 11 shows the deformation results from the 

side view.  The increased mesh resolution in the 

region of the cable allowed the fabric to conform 

tightly to the shape of the cable.  This method would 

continue to be applicable if the cable was not 

parallel to the edges of the shell elements.  However, 

in that case, a larger region of refinement, and 

potentially a greater level of refinement, would be 

required for the fabric stack to conform to the cable 
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compared to the case when the cable is parallel to 

the edge of the shell elements. 

These three modifications to the tooling in the finite 

element simulation are excellent examples of the 

potential of the proposed modeling as a design tool.  

Additional changes to the tooling, the number of 

fabric layers and the respective orientations of those 

layers could be explored to form parts free of defects 

while achieving good overall quality.  

5 Conclusions 

A discrete mesoscopic modeling approach was used 

for the forming of unidirectional pre-preg non-crimp 

fabric. Tensile tests and shear-frame tests were 

performed to characterize the mechanical behavior 

of the material and to obtain experimental data to be 

used in the forming simulations.  These forming 

simulations show promise for the continued 

development of a predictive design tool for 

thermoforming structures of good quality using 

NCFs.  Additionally, forming methodologies for 

incorporation of fiber-optic cables into NCF 

composites during an actual thermoforming step 

have been investigated.  The procedure and 

modifications to the current thermostamping process 

as outlined in this paper show promise pending the 

design of a cable that can withstand the elevated 

processing temperatures for the NCF. 
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Table 1. Tensile properties for a single ply of 

unidirectional prepreg NCF  

(± one standard deviation) 

Modulus (GPa) Strength (kN) 

24.9±0.3 63.9±3.8 

 

 

 

 

Fig. 1. Fabric defects that may occur during the 

forming process (a) out-of-plane waves or wrinkles 

(b) folding (c) in-plane waviness and (d) tearing  

 

 

 

 

Fig. 2. Fabric unit cell 

 

 
(a)                                   (b) 

Fig. 3. A single ply of unidirectional pre-preg NCF 

mounted in shear frame (a) before  

and (b) after deformation 

 

 

 

 

 

Fig. 4. Schematic representation of the in-plane 

shear behavior for a ply of unidirectional pre-preg 

NCF at the handling temperature 

 

 

 

Fig. 5. Shear-frame test configuration highlighting 

slits in ‘arms’ of test specimen 

 

 

 

 

 (d)  (c) 

 (b)  (a) 
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Fig. 6. Comparison of the in-plane shear behavior 

for single-ply samples of a unidirectional NCF at 

room and processing temperatures 

 

 

 

 

(a)                                         (b) 

Fig. 7. Four-ply formed hemisphere of 

(0/90/90/0) pre-preg NCF  

(a) experimental displacement and  

(b) finite element result showing displacement 

 

 

 

Fig. 8. Double-dome finite element model with 

segmented straight binders to accommodate 

embedded cable 

 

 

Fig. 9. Forming simulation results without 

pocket/gap defects underneath the location of the 

binders 

 

Fig. 10.  Cross sectional view of formed double-

dome part with pocket/gap defects around cable 

 

 

Fig.11. Finite element result showing displacement 

of formed part of 0/90/90/0 NCF with embedded 

cable 
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1 Introduction

There is an ever increasing interest in utilising Fiber
Reinforced Polymers (FRP) in the automotive indus-
try, especially for structural components. This calls
for computational tools which can be used for the
evaluation of crashworthiness. One key point is the
need for computational efficiency as the models are
generally very complex. Furthermore, there is a
multitude of failure mechanisms which may be trig-
gered in a layered composite, during impact or crash,
with multiple delaminations being one of the primary
mechanisms.

It is therefore of high importance to be able to model
delaminations in a computationally efficient manner,
especially for a large number of laminae. In fact, to be
able to simulate the progressive failure of FRP com-
ponents is a necessity for such components to be com-
petitive within the automotive industry, as e.g. stated
in the ERTRAC Research and Innovation Roadmap
for Safe Road Transport [1].

In view of this, this work is a first step towards devel-
oping a computationally efficient shell element which
can account for multiple (interlaminar) delaminations.
One commonly adopted approach is to model each in-
dividual ply (or a set of plies) using several stacked
shell or solid elements. However, this will lead to a
large amount of degrees of freedom, especially when
the number of plies increases. Another, more econom-
ical, approach is to use a single shell element which
can account (internally) for the discontinuities that de-
velop during delamination. Such an element may be
constructed by enriching a suitable shell element with
discontinuous shape functions in accordance with the
eXtended Finite Element Method (XFEM), cf. [2] for

a similar approach. Note that the present approach
is similar to a layerwise model where displacements
jumps are hierarchically added to the displacements
field, cf. e.g. [3].

2 Continuous shell kinematics

To set the stage, we first briefly describe the under-
lying shell kinematics for a non-delaminated shell,
which in the subsequent section then will be extended
to allow for arbitrarily many delaminations.

2.1 Initial shell geometry and convected coordi-
nates

As a staring point, the initial configuration B0 of the
shell is considered parameterised in terms of con-
vected (covariant) coordinates (ξ1, ξ2, ξ) as

B0 =
{
X := Φ(ξ) = Φ̄(ξ̄) + ξM(ξ̄)

with ξ̄ ∈ A and ξ ∈ h0
2 [−1, 1]

}
(1)

where we introduced the contracted notation ξ =
(ξ1, ξ2, ξ) and ξ̄ = (ξ1, ξ2) and where the mapping
Φ(ξ) maps the inertial Cartesian frame into the un-
deformed configuration, cf. Figure 1. Furthermore,
A is the midsurface of the inertial configuration. In
Eq. (1), the mapping Φ is defined by the midsurface
placement Φ̄ and the outward unit normal vector field
M (with |M | = 1). The coordinate ξ is associated
with this direction and h0 is the initial thickness of the
shell.

Furthermore, it should be noted that

dX = (Gα ⊗Gα) · dX +M ⊗M · dX =

= Gα(ξ)dξα +M(ξ̄)dξ (2)
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whereby the covariant basis vectors are defined by

Gα = Φ,α + ξM ,α α = 1, 2 (3)

G3 = G3 = M (4)

where •,α denotes the derivative with respect to ξα. In
addition, in Eq. (2) it was used that the contravariant
basis vectorsGi are associated with the covariant vec-
tors Gi in the normal way, i.e. Gi ⊗Gi = I, leading
to

Gj = GijG
i, Gj = GijGi (5)

with

Gij = Gi ·Gj and Gij = (Gij)
−1 (6)

Finally, the infinitesimal volume element dB0 of the
reference configuration is formulated in the convected
coordinates as

dB0 = b0dξ1dξ2dξ with b0 = (G1 ×G2) ·G3 (7)

2.2 Current shell geometry

The current (deformed) geometry is in the present for-
mulation described by the time dependent deforma-
tion map ϕ(ξ, t) ∈ B of the inertial Cartesian frame
as

x(ξ, t) = ϕ̄(ξ̄, t) + ξm(ξ̄, t) +
1

2
ξ2γ(ξ̄, t)m(ξ̄, t)

(8)
where the mapping is defined by the midsurface place-
ment ϕ̄, the spatial director field m and an additional
scalar thickness inhomogeneity strain γ, cf. Figure 1.
As can be seen, the specification of the current config-
uration corresponds to a second order Taylor expan-
sion along the director field, involving the inhomo-
geneity strain γ, thereby describing inhomogeneous
thickness deformation effects of the shell. In particu-
lar, the pathological Poisson locking effect is avoided
in this fashion.

To identify the corresponding deformation gradient,
a relative motion dx of the placement map ϕ with
respect to the reference placement Φ is considered as

dx = F · dX with F =
∂ x

∂ ξ

∂ ξ

∂X
= gi ⊗Gi (9)

where the spatial covariant basis vectors gi = ∂x/∂ξi
are identified as

gα = ϕ̄,α +

(
ξ +

1

2
γξ2

)
m,α +

1

2
γ,αξ

2m (10)

g3 = (1 + γξ)m (11)

3 XFEM extension for multiple delaminations

As stated above, the primary focus of the current work
is to develop a shell element formulation able to rep-
resent arbitrarily many delaminations within one ele-
ment. Consequently, the above basic shell kinematics
need to be extended to allow for displacement and di-
rector discontinuities across each delamination inter-
face. For this purpose, we propose herein a kinemat-
ical extension in line with the XFEM (or partition of
unity concept) such that the deformation map into the
spatial deformed configuration is subdivided into one
continuous and one discontinuous part as

x(ξ, t) = ϕc(ξ, t) +ϕd(ξ, t) (12)

where the continuous part takes on the same form as
the underlying non-delaminated shell element

ϕc(ξ, t) = ϕ̄c(ξ̄, t)+ξmc(ξ̄, t)+
1

2
ξ2γ(ξ̄, t)mc(ξ̄, t)

(13)
As for the discontinuous part, it is considered as a sum
of enrichments – one for each delamination – accord-
ing to the XFEM, however restricted only to discon-
tinuous enrichment of the midsurface placement and
the director field. Hence, in the case of Ndel delami-
nations through the thickness, the discontinuous part
takes on the following form

ϕd(ξ) =

Ndel∑

k=1

HS (Sk(X, t))
(
ϕ̄d
k(ξ̄, t) + ξmd

k(ξ̄, t)
)

= HSk

(
ϕ̄d
k + ξmd

k

)
(sum over k)

(14)

In Eq. (14), HS(Sk(X)) = HSk
is introduced as the

standard Heaviside function pertaining to the particu-
lar delamination surface ΓSk

. Furthermore, Sk is an
associated level set function defining the position ξ̄k
(in thickness direction) of this surface. In particular,
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Φ

Reference configuration

ϕ

Current configuration

Figure 1: Mappings of shell model defining undeformed and deformed shell configurations relative to inertial
Cartesian frame.

Sk is the signed distance function to the delamination
interface k such that, for the current approach where
we restrict the initial director field to coincide with the
outward normal vector, it can be defined simply as

Sk = ξ − ξ̄k whereby
∂ Sk
∂X

= M (15)

where M is the normal to each delamination sur-
face in the reference configuration. To obtain the cor-
responding deformation gradient, we first emphasise
that

∂ HSk

∂X
=
∂ HSk

∂ Sk

∂ Sk
∂X

= δSkM (16)

where δSk is the Dirac-delta function defined as
∫

B0
δSk • dB0 =

∫

ΓS
k

• dΓSk (17)

for any quantity •.

Consequently, in analogy with Eq. (9)-(11), the defor-
mation gradient pertaining to the extended kinematics
is obtained in the form

F =
(
ϕc +ϕd

)
⊗∇X = F b + δSkF

d
k (18)

where
F b = gb

j ⊗Gj , j = 1, 2, 3 (19)

and
F d
k =

(
ϕ̄d
k + ξmd

k

)
⊗M (20)

layer

delamination

discontinuity jump
pointwise map

ξ

−h0

2

h0

2

ξ̄1

ξ̄2

ξ̄Ndel

ϕc

ϕc + ϕd
1

ϕc + ϕd
1 + ϕd

2

ϕc +
∑Ndel

k=1 ϕ
d
k

Figure 2: Illustration of a laminate subject to multiple
delaminations.
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The corresponding spatial covariant basis vectors are
obtained as

gb
α = ϕ̄c

,α +

(
ξ + γ

1

2
ξ2

)
mc

,α + γ,α
1

2
ξ2mc

+

Ndel∑

k=1

HSk

(
ϕ̄d
k,α + ξmd

k,α

) (21)

gb
3 = (1 + γξ)mc +

Ndel∑

k=1

HSk
md

k (22)

4 Weak form of momentum balance

In this section, we establish the momentum balance
of the shell considering the weak continuum repre-
sentation of the shell applied to the shell kinematics
introduced above. To arrive at the current stress resul-
tant formulation, we start from the basic weak form of
the momentum balance in terms of contributions from
inertia W ine, internal work W int and external work
Wext as

Find: n̂ such that:

W ine
(

¨̂n; δn̂
)

+W int (n̂; δn̂) (23)

+Wext (n̂; δn̂) = 0 ∀δn̂

where we introduced the array of solution fields

n̂T =
(
ϕ̄c,mc, γ, ϕ̄d

k,m
d
k

)
(24)

where, for example, ϕ̄d
k refers to the array

(ϕ̄d
1 , ϕ̄

d
2 , . . . , ϕ̄

d
Ndel

) and represents the additional dis-
continuity fields associated with the existing delami-
nations. Furthermore, the inertia and the internal and
external virtual work contributions are given as

W ine =

∫

B0
ρ0

(
δϕc + δϕd

)
·
(
ϕ̈c + ϕ̈d

)
dB0,

(25)

W int =

∫

B0

(
δFT · F

)
: SdB0 (26)

and

Wext =

∫

B0
ρ0

(
δϕc + δϕd

)
· b dB0

+

∫

∂B0

(
δϕc + δϕd

)
· t1dΩ0

(27)

where b is the body force per unit volume, t1 =
P ·N∂B0 is the nominal traction vector on the outer
boundary ∂B0 and P = F ·S is the first Piola Kirch-
hoff stress tensor.

To obtain the explicit form of each individual term in
Eqs. (25)-(27), we start by concluding that the inertia
part is given by

W ine =

∫

B0
ρ0

(
δϕc +HSk

δϕd
k

)
·
(
ϕ̈c +HSlϕ̈

d
l

)
dB0

=

∫

Ω0

ρ0δn̂
T(M̂ ¨̂n+ M̂ con) dΩ0

(28)

where the consistent mass matrix M̂ and the convec-
tive mass force M̂

con
per unit area are obtained us-

ing a similar strategy as in Reference [4], although ac-
counting for the alternative discontinuity enrichment.
Note that, M con involves contributions from the first
order time derivatives of the displacement field in the
inertia term of the virtual work as described in Refer-
ence [5]. Furthermore, in order to arrive at Eq. (28), a
change of the integration domain from B0 (3D) to Ω0

(2D) was made via the ratio j0(ξ) = b0/ω0 defining
the relation between area and volumetric measures of
the shell defined as

dB0 = j0dξdΩ0 with

dΩ0 = ω0dξ1dξ2 and ω0 = |Φ,1 ×Φ,2|
(29)

Furthermore, when limiting the perpendicular forces
to external pressure – approximated in view of the
Cauchy traction t = −pn on the deformed midsur-
face Ω – the external workWext can be written as

Wext =

∮

∂Ω0

(
δϕ̄c · Ñ c

+ δmc · M̃ c
+ δγM̃s

c
)

ds

+

∮

∂Ω0

(
δϕ̄d

k · Ñ
d
k + δmd

k · M̃
d
k

)
ds

−
∫

Ω
p
(
δϕ̄c + δϕ̄d

)
· n dΩ

(30)

where p = p (t, ξ1, ξ2) is the external pressure, n is
the spatial normal of the deformed midsurface Ω and
where Ñ

c
, M̃

c
, M̃s

c
, Ñ

d
k and M̃

d
k are stress resul-

tants with respect to the prescribed in-plane traction
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acting on the outer boundary (perpendicular to the
midsurface), defined as

Ñ
c

=

∫ h0/2

−h0/2
t1dξ (31)

M̃
c

=

∫ h0/2

−h0/2
ξ

(
1 +

1

2
ξγ

)
t1dξ (32)

M̃s
c

=

∫ h0/2

−h0/2

1

2
ξ2mc · t1dξ (33)

Ñ
d
k =

∫ h0/2

−h0/2
HSk

t1dξ =

∫ h0/2

ξ̄k

t1dξ (34)

M̃
d
k =

∫ h0/2

−h0/2
HSk

ξt1dξ =

∫ h0/2

ξ̄k

ξt1dξ (35)

To obtain the explicit form of the internal virtual work
contribution we first note that this contribution can be
reformulated, given the present kinematical represen-
tation, as

W int =

∫

B0

(
δF bT · F b

)
: S dB0

+

Ndel∑

k=1

∫

ΓS
k

(
δϕ̄d

k + ξδmd
k

)
· tcoh(Jϕ̄d

kK)dΩ0

(36)

where tcoh is the (continuous) degrading normal trac-
tion on the delamination surface (with respect to the
outward pointing normal M ), which in the present
approach will be represented by a cohesive zone law
as a function of the delamination discontinuity

Jϕd
kK =

(
ϕ̄d
k + ξ̄km

d
k

)
, (37)

cf. Section 5 below. Based on this, we note that the
’internal work’ can be written as

W int =

∫

Ω0

δn̂T
c N̂ cdΩ0 +

∫

Ω0

δn̂T
d N̂ddΩ0

+

Ndel∑

k=1

∫

ΓS
k

(
δϕ̄d

k + ξδmd
k

)
· tcoh(Jϕ̄d

kK)dΩ0

(38)

where the shell deformation and stress resultant vec-

tors have been introduced as

δn̂T
c =

[
δϕ̄c

,α,m
c
,α, δm

c, δγ,α, δγ
]

δn̂T
d =

[
δϕ̄d

k,α, δm
d
k,α, δm

d
k

]

N̂
T
c = [N cα,M cα,T c,M cα

s , T c
s ]

N̂
T
d =

[
Ndα

k ,Mdα
k ,T d

k

]

(α = 1, 2) involving the membrane, bend-
ing, shear/thickness stretch stress resultants
Nα,Mα,T ,Ndα

k ,Mdα
k ,T d

k (the three latter being
conjugated with the discontinuous displacement
variables) and the higher order stress resultants Mα

s

and Ts. By introducing the abbreviation Sαigi = sαg
the explicit expressions for the stress resultants can
be written

Nα =

∫ h0/2

−h0/2
sαg j0dξ (39)

Mα =

∫ h0/2

−h0/2

(
1 +

1

2
γξ

)
ξsαg j0dξ (40)

T =

∫ h0/2

−h0/2

(
(1 + γξ) s3

g +
1

2
ξ2sαg γ,α

)
j0dξ

(41)

Mα
s =

∫ h0/2

−h0/2

1

2
ξ2sαg ·mcj0dξ (42)

Ts =

∫ h0/2

−h0/2
(
1

2
ξ2sαg ·mc

,α + ξs3
g ·mc)j0dξ

(43)

Ndα
k =

∫ h0/2

ξ̄k

sαg j0dξ (44)

Mdα
k =

∫ h0/2

ξ̄k

ξsαg j0dξ (45)

T d
k =

∫ h0/2

ξ̄k

s3
gj0dξ (46)

Finally, by substituting the displacement field into the
weak form we are given the equation of motion as

Ma = f ext −M con − bint − bcoh (47)

where bint, bcoh, and f ext, denote internal, cohesive
and external forces respectively.
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σn

σfn

g0
g = Jϕ̄d

kKgmax

Figure 3: Bilinear cohesive zone law adopted in the
current paper.

5 Modelling of progressive delamination

As indicated in Section 4, the progressive inter–
laminar fracture process (delamination) is modelled
using a cohesive zone approach. Furthermore, by in-
troducing a cohesive zone model, interpenetration of
the layers is avoided allowing for a realistic represen-
tation of the (interlaminar) kinematics.

5.1 Cohesive zone model

In this paper, a bilinear cohesive zone model, cf. Fig-
ure 3, is adopted instead of a more refined model since
the focus of this study is on the (extended) kinemat-
ics. Furthermore, it keeps the modelling complexity
to a minimum. Also note that the chosen cohesive law
is purely elastic such that any unloading would follow
the loading path in reverse; however, only examples
with monotonic loading is studied in the present pa-
per such that this non-physical unloading behaviour is
avoided.

6 Numerical examples

To illustrate the proposed kinematics, three numerical
examples are presented. The first example concerns
simulation of the common double cantilever beam
(DCB) test with the purpose of validating the kine-
matics of the element under progressive delamination.
The second example illustrates the capability of the el-
ement formulation to kinematically represent two de-
laminations within a single element. The final exam-

EL 126 GPa
ET = ETT′ 10 GPa
GLT = GTT′ 8 GPa
νLT = νTT′ 0.29

Table 1: Material parameters used for the numerical
examples.

ple shows that the each element can handle different
number of delaminations and is thus suitable for sim-
ulation of structures undergoing substantial delamina-
tions. In the examples, a transversely isotropic elastic
material model has been used with material parame-
ters according to Table 1. Furthermore, all laminae
have a zero degree orientation.

6.1 Double cantilever beam (DCB) test

The problem consists of a beam, composed of two
laminae, which has an initial crack (delamination
zone) of length a = 3 mm, see Figure 4 for a de-
scription. The length of the beam is L = 200 mm, has
a height of h = 3 mm and a width of w = 15 mm.

Since this example focus on the growth of a sin-
gle delamination, only one set of discontinuous dofs
{x̄d

1 , m
d
1} needs to be added to the solution field of

the nodes within the delamination zone ΓSk . This will
decouple the beam into its upper and lower layer. In
order to model the progressive growth of the delami-
nation a bilinear cohesive zone, as described in Sub-
section 5.1, is inserted between the two laminae. The
fracture energy associated with mode I loading of the
cohesive zone is set to GIc = 400 N/m in this example.

The beam is modelled using 384 quadratic triangu-
lar elements with an increased mesh density in the re-
gion close to the delamination front. The free ends
of the beam are subjected to prescribed displacements
in the vertical direction with a magnitude p and the
resulting reaction force R is registered. In Figure 5,
the reaction forces corresponding to three values of
the interface strength σfn = {15, 30, 45} MPa are
shown. Also, a reference solution obtained from
Euler-Bernoulli beam theory is indicated. As can be
seen from the figure, the load–reaction curves corre-
spond rather well with beam theory, more so during

ICCM19 1906



p

p
a

L

h

Figure 4: Geometry of the DCB test used in exam-
ple 1.
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0
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]

σfn = 7.5 MPa
σfn = 15 MPa
σfn = 30 MPa
Beam theory

Figure 5: Reaction force for DCB simulation with co-
hesive zone.

the delamination phase. Initially, for elastic loading,
the simulated curves do not follow the beam solution.
The reason for this discrepancy is due to the rather low
values used for σfn and GIc. However, as the strength
of the cohesive zone increases, the closer the simu-
lated curves will be to the elastic beam solution. It
can thus be concluded that the proposed shell element
is capable of an accurate representation of progressive
delamination.

6.2 Triple cantilever beam (TCB) test

The second example illustrates the capability of the
prosed element to handle two active delaminations
within each element. The studied problem is a beam
with the same geometry and boundary conditions as
the previous example. However, in this case the beam
is composed of four equal plies and where the two
outermost layers have delaminated a distance of a =

p

pa
L

h

Figure 6: Geometry of the TCB test used in exam-
ple 2.

t

6a

a

L

h

Figure 8: Geometry of the beam with multiple (6) de-
laminations with different lengths.

40 mm, see Figure 6. Furthermore, in order to put em-
phasis on the kinematics, no cohesive zones are active
between the plies.

Beam theory gives that the reaction force necessary
to vertically move the free end of one of the plies a
distance of p = 1 mm is 3.1146 N. The correspond-
ing value obtained from simulation is 3.0993 N which
gives an relative error of 0.49%. In Figure 7, the
mesh and displacement field near the free end of the
beam is shown. Particularly notice that the layers in
a given element is rendered as volume (wedge) ele-
ments stacked; nonetheless, there is only one element
in the thickness direction.

6.3 Multiple delaminations

In order to show the capability of the element to han-
dle multiple delaminations a beam with 6 delamina-
tions, each with different lengths (a = 30 mm), is
studied, cf. Figure 8. The beam is subjected to a con-
stant edge load at the top of the beam at its free end
with the magnitude 103 N/m in the vertical direction.
As can be seen from Figure 9, multiple delamination
zones of different size can be reproduced which makes
the proposed element ideal for simulation structures
undergoing substantial delaminations.
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Figure 7: Mesh and displacement field for the triple cantilever beam test (magnification factor = 5).

Figure 9: Displacement field for beam with multiple
delaminations (magnification factor = 50).

7 Concluding remarks

In this paper, the kinematics of a seven parameter
shell element has been extended to handle internal de-
laminations. The extended element formulation, in
line with the XFEM, allows for an arbitrary num-
ber of delaminations. From numerical examples, it
is shown that the element is capable of accurately rep-
resenting the internal discontinuities and can be used
for simulation of progressive delamination. Future
work includes the extension of the element to handle
through the thickness cracks in addition to delamina-
tions. Thereby, being able to capture two prominent
failure mechanisms present in the failure of compos-
ites.
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1 Introduction  

The increasing use of composites in aviation and 
automotive industries has led to increasingly 

automated production methods such as pultrusion or 

resin transfer moulding (RTM) for cost reduction in 
the production of carbon fibre reinforced polymer 

(CFRP) structures. Textile preform technologies are 

favourable with relatively simple geometries and 
constant wall thickness. This paper describes an 

approach to utilise a basic geometry for several 

similar parts and add local reinforcement patches 

only in regions of load introduction or high local 
stress. The goal of this research is to reduce the cost 

of assembled composite structures. 

 
This work contributes to the EU FP7 Cost effective 

reinforcement of fastener areas in composites 

(CERFAC) programme, where the approach has 
been applied to the connection of the floor beam (C-

beam) to the omega frame of the fuselage, shown in 
Fig. 1. 

 

Fig. 1. Shows a c-beam to omega frame connection in a 

fuselage (circled), including reinforcement patches. 

In this connection, several rivets will be replaced 

with a single bolt (concentrated load introduction 

with a moment free joint). The area of the bolt will 
be reinforced by a load introducing patch while the  

 

 

rest of the part will have a nominal thickness that is 
optimised for bending and tensile stress transfer. 

The part and the patch can be produced separately, 

and the cure may be interrupted at an intermediate 
B-stage, where the epoxy resin and amine hardener 

are partially crosslinked. 

 
Later, the patch can be fastened and co-cured onto 

the part to achieve complete cure in both 

components, i.e. uniform glass transition 

temperature, Tg, and matrix elastic Modulus. The co-
curing step of this process eliminates a bonding step 

and results in an ideal monolithic part without using 

additional structural adhesive, hence the associate 
preparation costs. 

 

This approach provides the benefit of stress 
reduction around the hole, simpler geometries of the 

single parts and high flexibility of reinforcement 

methods in the patch. The reinforcement can be 

adapted to the individual load case by the choice of 
the reinforcement material, layup and resin system. 

The curing cycle of the part may also be tuned to 

allow free standing co-cure, therefore providing a 
cost reduction by freeing a manufacturing tool in a 

shorter time. 

 

This concept has been studied from resin reaction 
kinetics to mechanical testing of single bolt 

connections. Hence, it is necessary to predict the 

degree of cure, , and Tg evolution for any 
time/temperature profile. The influence of the 

interrupted curing cycle on the mechanical and 
thermal properties has also been investigated. 

Another crucial issue in co-curing of B-staged parts 

relates to surface preparation since many of the 
usual methods are not applicable in partially cured 

Omega-frame
C-beam

Aircraft fuselageFrame to beam connection

C-beam
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resin With abrasive methods particles could be 

transferred to the resin, and cleaning solvents can 

easily diffuse into the resin, hence an alternative 
approach was studied. Lastly, the bearing properties 

of single-bolt single lap connections are reported. 

 

2 Materials and Methods 

The resin used is a monocomponent resin system 

consisting of a tetrafunctional epoxy resin and two 

amine hardeners, ‘Hexflow RTM 6’, Hexcel, UK, 
commonly used in the aerospace industry. The plates 

were manufactured from a biaxial stitched non-

crimp fabric, ‘ECS6090 Series HTS 40’, Saertex 
GmbH Co., Germany, with an area weight of 256 

g/m
2
. Quasi-isotropic plates were made from 16 

plies: 2[0/90, +45/-45, 90/0, -45/+45]s to produce 3.8 
mm thick plates. The CFRP plates were cured at 4 

bar for varying times at 160 or 180 °C, depending on 

the desired . Completely cured CFRP plates were 
cured at 180 °C for 90 min in accordance with [1]. 

 
Reinforcing CFRP patches were manufactured from 

a thin ply material, ’20 mm tape, 80 g/m
2
 HTS 

carbon fibre’, Oxeon AB, Sweden. Quasi-isotropic 2 

mm thick, 30 mm diameter, Ø 6 mm hole patches 
were made from 24 layers of the spread tow with the 

layup: 3[45, 90, -45, 0]s. The patches were cured at 

30 bar for varying times at 160 °C. The plates and 
the patches were cooled to stop the curing reaction at 

a desired value of . The intermediate degree of cure 
was tuned such that during co-curing (i) the resin of 

the patch would still flow while a consolidation 

pressure is applied via a consolidation jig (i.e. 

remain below the gel point at  = 0.59 [2] and (ii) 
the plate may be co-cured free-standing. 

 

Bearing samples were manufactured as shown in 

Fig. 2: CFRP plates were manufactured by an RTM 

process, and CFRP patches from thin ply material 

were produced using a Compression RTM (CRTM) 

process. For both processes, tools for the 
manufacturing of bearing samples were designed 

and manufactured. Both tools have features to 

directly integrate holes in the composite parts. With 
the directly positioned and precise tolerance holes, 

drilling and reaming steps may be avoided for cost 

savings. The B-stage curing is done using a press 

with precise temperature control and fast cooling to 
interrupt the crosslinking reaction. Next, the patch 

was offered to the plate with a co-cure jig, applying 

a pressure of 11 bar for the duration of the co-curing 
(3 mm stroke possible with jig) in a fan assisted 

oven. 

 
Cure kinetic modelling of the resin was conducted to 

allow the prediction of  and Tg for the composite 
sample during the curing cycle. The cure kinetic 

models were based on data from isothermal and 

constant heating rate differential scanning 
calorimetry (DSC) measurements using a ‘DSC 

Q1000’, TA Instruments, USA. The development of 

the model is described in more detail in the 

following chapter.  
 

Single lap bearing test were conducted on CFRP 

plates, and patch reinforced CFRP plates in 
accordance to procedure B of ASTM D5961 [3].  

 

Surface characterisation of the of B-staged CFRP 
plates was conducted using X-ray photoelectron 

spectroscopy (XPS) using a ‘Phoibos 100 MCD’, 

SPECS GmBH, Germany.  

Fig. 2. B-stage co-cure process for producing patch-reinforced bearing samples. 
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3 Modelling  

Pure resin samples of RTM 6 were heated in 

isothermal or constant heating rate conditions using 
a DSC. From the measured heat flow, dH/dt, the 

exothermic peak caused by the curing reaction was 

integrated, giving the heat of reaction corresponding 

to Hiso and Hdyn respectively from the isothermal 

and dynamic measurements shown in Table 1. 

Table 1. Heat of reaction of the isothermal and 

dynamic DSC measurements. 

Isothermal 

temperature 

Tiso (°C) 

Reaction 

enthalpy 

Hiso (J/g) 

Heating 
rate 

(°C/min)  

Reaction 

enthalpy 

∆Hdyn (J/g) 

120 392 1 438 
120 393 1 438 

140 407 2.5 457 

140 418 2.5 443 

160 435 5 415 

160 432 5 412 

180 443 10 425 

180 450 10 419 

The ultimate heat of reaction, Hult, corresponding 

to a degree of cure  of 1, was determined from the 
dynamic DSC measurements at 2.5 °C/min, giving 

Hult = 449.75 J/g. With this value the evaluation of 

 with time was then calculated as follows: 

   
 

  
  

 

 

     

 (1) 

For the glass transition temperature Tg modelling, 
partially cured pure resin samples were measured in 

a DSC in temperature modulated mode. Using a 

modulated mode allowed the (reversible) glass 
transition and start of the (irreversible) residual 

curing to be separated and analysed. The degree of 

cure of the samples was calculated as: 

    
     

     

 
(2) 

where Hres is the residual heat of reaction obtained 

from the irreversible heat flow of the measurement. 
The Tg was measured from the inflection point in the 

step transition in the reversible heat flow. The results 

of the measurements are shown in Table 2. 

Table 2. Measurements of partially cured pure resin 

samples and partially cured RTM composite plates. 

Pure resin samples RTM plates 

Degree 

of cure, 

 

Glass transition 
temperature, Tg 

(°C) 

Degree 

of cure, 

 

Glass transition 
temperature, Tg 

(°C) 

0 -16 - - 

0.25 8 - - 

0.34 26 0.38 31 

0.40 54 0.43 47 

0.57 82 0.63 97 

0.71 126 0.68 115 

0.83 169 0.75 148 

0.88 187 0.79 153 

0.90 197 0.92 206 

0.97 215 - - 

3.1 Glass transition temperature model 

The Tg model is needed for optimising the free 
standing co-cure cycle. For the modelling of Tg as a 

function of , the DiBenedetto model [4] in the form 
introduced by Pascault and Williams [5] was used: 

       
           

        
 (3) 

where Tg0 and Tg∞ correspond to the Tg of the 
uncured and the completely cured resin and were 

measured as -15.5 and 215 °C respectively, and   is 
a parameter, optimised by a least square fit with the 

data shown in Table 2. The co-curing occurs at high 

degrees of cure, above 0.7 for the plate. In this 
region, the Tg is underpredicted with the measured 

Tg∞. To optimise the model fit, Tg∞ was also allowed 

to vary, leading to the parameters in Table 3. 

Table 3. Parameters of the DiBenedetto model [4]  

Tg0 (°C) 
(measured) 

Tg∞ (°C) 
(calculated) 

   
 (calculated) 

-15.5 245 0.5052 

The resulting model is shown in Fig. 3, achieving a 

good fit of Tg above an  of 0.7 (region of interest 
for precise prediction during free standing co-cure). 
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Fig. 3. Correlation of the glass transition temperature, 

Tg, and the degree of cure, . 

3.2 Cure kinetic model 

For modelling the kinetics of the curing reaction, a 
model described by Ruiz [6] was chosen after 

comparing different models. This model is based on 

the Bailleul model [7]: 

  

  
    

    
    

 
   

    
 

 

   

 (4) 

where k1 is the frequency factor of the curing 

reaction, E1 is the activation energy, Tref is an 
arbitrarily chosen temperature in the operating 

range, and G() is a polynomial of order n function. 
This model is extended with an n

th
 order term: (1-

)
n
. By replacing 1 with max(T), which accounts for 

vitrification occurring at higher  and slowing down 
the reaction, the Ruiz model [6] is obtained: 

  

  
    

    
    

 
   

  

     
 

 

   
             

(5) 

where max(T) is a model correlating a maximum 

achievable  to the isothermal curing temperature, 
and n is a parameter obtained by a least square fit. 

For determination of the parameters the isothermal 
measurements were used. A methodology for 

finding the parameters (k1, E1, Tref, and a0-ai) of the 

Bailleul model has been described previously in [7] 
and was adapted for the fitting in this work. The 

value of n was obtained using a sum of least squares 

fit for all measurements.  

3.3 max model 

The max model was obtained by defining a 

maximum achievable degree of cure, max for each 

isothermal temperature. By relating max with the 

cure temperature, Tc, instead of relating  with Tg, 
the DiBenedetto model (equation 3) can be used for 

predicting max by solving for  instead of Tg and 
setting the variable Tg = Tc: 

     

 
        

                         
 (6) 

where the parameters µ and Tg∞m were fit to the 

obtained max values using a sum of least squares fit. 
Tg0 is the measured value shown in Table 3. 

 

All the parameters of the kinetic model are 
summarised in Table 4. 

Table 4. Summary of the parameters for the kinetic model 

Name Symbol Value 

Frequency  

factor 
k1 (s

-1) 4.36553 10-4 

Activation  

energy 
E1 (-) 17.107 

Reference temperature Tref (K) 433 
Reaction  

exponent 
n (-) 0.04 

Polynomial parameter G0 (-) 0.1377 

Polynomial parameter G1 (-) 2.9714 

Polynomial parameter G2 (-) -1.1668 

Polynomial parameter G3 (-) -19.736 

Polynomial parameter G4 (-) 75.072 

Polynomial parameter G5 (-) -105.77 

Polynomial parameter G6 (-) 48.567 

Tg of the uncured resin 

(measured) 
Tg0 (K) 257.5 

Tg of the completely 
cured resin (fit) 

Tg∞m (K) 458 

Adjustable parameter µ (-) 0.3 

 

The resulting model fit is shown in Fig. 4. The 

model fits well to the DSC data, even though the 
vitrification in the low heating rates is not depicted 

by the model. Note that the most important 

measurement is at 160 °C, since the first stage of the 

cure for part and patch are made at this temperature.  
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Fig. 4. Comparison of the Ruiz model to measured 

DSC data. 

The model fails to predict α at very high conversions 

(above 0.96). The reason for this could be that in the 
model only one Arrhenius term describes one overall 

reaction without taking into account that there are 

two hardeners and secondary reactions occurring at 
high α, which would need to be split and 

characterised independently for more precise 

modelling. 

3.4 Curing cycle simulation 

With the kinetic and the Tg model, different curing 

cycles could be studied. A free-standing co-cure of 

the CFRP part may be achieved maintaining a part 
Tg above the curing temperature for the duration of 

the co-curing. At the same time, the intermediate  
should be as low as possible for better resin flow 

during co-curing. The resulting curing cycle used for 

producing the CFRP plates is shown in Fig 5. 

 

Fig. 5. A simulated curing cycle for a CFRP part. 

The curing cycle of the CFRP patch is defined such 

that the patch must be cured enough, that (i) it may 

be handled at room temperature and (ii)  should be 

as low as possible and importantly, below (gel = 
0.59 [2]). Therefore, an isothermal cure at 160 °C to 

 = 0.3 was used to B-stage and then co-cuing was 
followed as per the part. The corresponding curing 
cycle for the patch is shown in Fig. 6. Note that the 

Tg of the part is always above the curing temperature 

during co-curing, so that the resin will not soften, 

whereas the Tg of the patch is below the curing 
temperature during co-curing, and the resin soften to 

liquid. Applied pressure during co-curing, and flow 

or resin is utilised to achieve a good adhesion of the 
CFRP patch to the CFRP part. 

 

Fig. 6. A simulated curing cycle for a CFRP patch. 

 

4 Results and Discussion 

4.1 Comparison full cure and interrupted cure 

To check the influence of the interrupted curing 
cycle on the thermal and mechanical properties, a 

plate cured at 180 °C was compared to a plate cured 

with an interrupted cycle, cured at 160 °C in the 

RTM tool to  = 0.8 and then cured as described in 

Fig. 5; free standing in the oven. The intermediate  
differs from the optimised curing cycle because 
these experiments were done at an early point in the 

project. From the thermal measurements, no 

difference between interrupted (B-stage) and 
isothermal cure can be detected. The results from the 

DSC measurements to obtain  and Tg are shown in 
Table 5. 

0 100 200 300 400

0.0

0.2

0.4

0.6

0.8

1.0

 

 

 D
e

g
re

e
 o

f 
c
u

re
, 


Curing time, t
c
 (min)

 DSC Measurement

 Model dynamic

 Model isothermal

increasing heating rate

increasing temperature

160 °C

0 50 100 150 200 250

0

50

100

150

200 0.93

T
g
 215 °C

 

T
g
 125 °C

 

0.7

D
e

g
re

e
 o

f 
c
u

re
 
(

-)

 

T
e

m
p

e
ra

tu
re

 T
 (

°C
)

Curing time t
c
 (min)

 Curing temperature

 Glass transition temperature
0.0

0.2

0.4

0.6

0.8

1.0

 Degree of cure

0 50 100 150 200

0

50

100

150

200 0.94

T
g
 215 °C

 

T
g
 32°C

 

0.3

 

D
e

g
re

e
 o

f 
c
u

re
 
(

-)

T
e

m
p

e
ra

tu
re

 T
 (

°C
)

Curing time t
c
 (min)

 Curing temperature

 Glass transition temperature 0.0

0.2

0.4

0.6

0.8

1.0

 Degree of cure

ICCM19 1914



REINFORCEMENT OF PARTIALLY CURED AEROSPACE STRUCTURES WITH B-STAGED PATCHES  

 

6  

 

Table 5. Shows the thermal properties of isothermal- 

and interrupted-cure CFRP plates. 

 
Typical results of the single lap bearing tests for 

isothermal and interrupted cure CFRP parts are 

shown in Table 6. The values of the interrupted and 
the isothermal cured plates are comparable, 

suggesting that B-stage interruption has no effect on 

the mechanical performance of the final part. The 

same observations were made for mechanical tests 
on pure resin samples. 

Table 6. Comparison of the bearing force, Pmax, and 

bearing strength, brmax, for isothermal and 

interrupted cure CFRP plates. 

 

4.2 Bearing tests of patch reinforced samples  

A first batch of eight patch reinforced, co-cured 

samples was tested in single lap bearing. The 

intermediate  was measured to be 0.5 ±0.03 
(instead of 0.7 due to temperature lag of the resin in 

the RTM tool) for the plate and 0.33 ±0.04 (intended 

0.3) for the patch. The samples were tested and 

compared to the unreinforced reference cured 
isothermally at 180 °C, giving the results shown in 

Table 7, where br
2 and br

max are the bearing strength 

at 2 % or at maximum bearing strain (br
max), and 

Pmax is the maximum bearing force. 

 

 
 

 

 
 

 

Table 7. Results of the single lap bearing experiments. 

br
2 (MPa) Pmax (kN) br

max (MPa) br
max (-) 

Reference 

588±44 16.5 ±1.1 730±51 0.15±0.03 

Patch reinforced co-cured samples 

417±129 17.1±1.9 547±126 0.27±0.05 

 

The average value of br
2 is 30 % lower in the 

reinforced samples whereas the average value of 

Pmax is 10 % higher than in the reference sample. 

The standard deviation in the reinforced samples is 
much higher than in the reference samples. 

For better understanding of these results, typical 

load-displacement curves for an unreinforced 
reference and two patch reinforced samples are 

shown in Fig 7. 

 

Fig. 7. Typical results obtained from the first bearing 

tests of patch-reinforced, co-cured samples 

Where the stresses of the patch reinforced samples 
are lower than the reference, the maximum force 

may be increased when the patch does not 

delaminate (sample 1 in Fig. 7). The high variation 

in the results can be explained by two different 
observed failure modes, early delamination of the 

patch (sample 4 in Fig. 7) or compression of the 

patch after bolt rotation (sample 1 in Fig. 7). In Fig. 
8 the effect of the adhesion is visible, showing a) a 

sample before the test, b) and c) sample 1 after the 

test, showing that a lot of deformation energy was 
absorbed by the patch, while in d) and e) showing 

sample 4, the patch delaminated early during the test 

and is much less deformed. 
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In the polished cross section of sample 1 with the 
good adhesion, shown in Fig. 9, a crack (arrows) 

caused by the compressive load of the bolt is 

progressing from the plate into the patch before 

delamination at the co-cured interface. 

 

Fig. 9. Polished cross section of sample 1 with good 

adhesion, showing compression failure (arrows) 

progressing from part to patch. 

This shows the good adhesion of the part and the 
patch, where the interface between them is not a 

weak region for initiating cracks.  

4.2 Surface treatment study  

After the big differences obtained in the adhesion in 
the first set of samples, a study of different surface 

treatments has been conducted. Plates with different 

release methods and surface treatments were cured 

to an  of 0.7. The used method for producing the 
samples was as follows: 

1) with a teflon release film on the surfaces to 
be co-cured while the rest of the tool was 

treated with a release agent.  

2) All tool surfaces treated with release agent 
3) Method 1) with the teflon film replaced with 

a Nylon peel ply 

4) Method 2), sanded and acetone cleaned 

The results of the XPS measurements of the samples 
for the different treatments are shown in Table 8. 

Table 8. Results show XPS measurements of the 

surface of the composite. 

 
From these results it is clear that the teflon foil 

(method 1) and the release agent (method 2) are a 

bad option, leaving a high amount of teflon and 
silicone residues, indicated by Fluorine (F) and 

Silicon (Si) which prevent adhesion to the surface of 

the CFRP part. The peel ply (method 3) and the 
sanding and acetone cleaning (method 4) give 

 
Elements (Atom%) 

Sample C N O F Si Ca 

1 Teflon 
69.3 

0.4 

2.7 

0.2 

10.9 

0.6 

12.6 

1.0 

3.8 

0.4 

0.8 

0.1 

2 Release agent 
71.6 

0.5 

3.2 

0.1 

15.6 

0.4 
x 

8.9 

0.3 

0.8 

0.1 

3 Peel ply 
81.8 

0.8 

4.7 

0.4 

11.4 

0.3 
x 

1.6 

0.3 

0.5 

0.1 

4 Sanding/solvent 
83.0 

0.9 

4.6 

0.9 

9.9 

0.8 
x 

1.3 

0.2 

1.2 

0.2 

Fig. 8. Bearing samples a) before the test, b) and c) with good adhesion (sample 1), and d) and e) with bad 

adhesion (sample 4) 
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almost the same results, but in both there are still 

traces of Si indicating silicone release agent residue.  

The only partially cured resin of the plate and patch 
is a challenging factor, especially in case of the 

patch with an  of 0.3. Since sanding or sand 
blasting could lead to inorganic particles embedded 

in the matrix surface, and most common solvents 

can diffuse easily in a partially cured network, 
method 4 was also not considered further.  

As there are still traces of silicone found with 

method 3, the experiment was repeated with four 
different Polyester and Nylon peel-plies. From those 

peel-plies, a Nylon peel-ply showing no residues of 

silicone or teflon will be hereon used for further 

bearing experiments. 
 

4 Conclusion  

A full process for co-curing B-staged composite 
parts was successfully developed, including kinetic 

and Tg modelling of the curing reaction of an epoxy 

resin, simulation of curing cycles, development of 
the tools and optimising of the process. The 

simulation of the curing cycle shows that a free 

standing co-cure is possible, but that RTM 6 is not 

the most suitable resin for such a process (due to a 
very small process window). An ideal resin would 

have a preceding Tg, which means that Tg is above 

the curing temperature in a wide range of heating 
rates. Such resins are used for tooling and marine 

applications, where large structures are often post-

cured outside of a mould. With a more suitable 
system, a wider range of possible B-stage values are 

available and the window for the process 

optimisation is larger. 

 
The experiments comparing isothermal and 

interrupted cured plates indicate no difference in 

thermal and mechanical properties, suggesting that 
such a process may be an extremely viable and cost 

effective method of joining. 

 

The effect of the co-cured patch on bearing strength 
was tested in a first series of samples. It was shown 

that the bearing force can be increased up to 20 % 

when the adhesion between the part and the patch is 
good. It was also found that with good adhesion the 

failure does not propagate along the part-patch 

interface, but progresses from the part into the patch.  
 

The surface treatment study showed that the used 

method with a teflon foil was far from optimal 

treatment and will be replaced with an appropriate 
Nylon peel ply for future work. 

 

With the suggested improvements in the sample 
curing and surface treatment, it is believed that the 

values of the bearing resistance of the patch 

reinforced composite will increase significantly. 

 
This approach seems to have potential to produce 

co-cured structures when resin systems with 

preceding Tg are utilised. 
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1 Introduction  
 
Composites made of silicon carbide matrix 
reinforced by carbon fibers can be used up to 
temperature of 1500 °C and are characterized by low 
thermal expansion coefficients, low density and high 
toughness compared to traditional ceramics. 
For such reasons, they are optimal candidates for 
high temperature applications, such as gas turbine 
engines, rocket engines or thermal protection 
systems. In many cases reinforcement is constituted 
by long carbon fibers, which are often used in the 
form of fabric plies with different textile 
architectures. However, short fiber reinforced CMC 
can also be produced by using a hybrid process 
based on polymer infiltration and pyrolysis (PIP) 
and melt infiltration (MI). Such a process, also 
known as Liquid Silicon Infiltration (LSI), has found 
increasing application for the production of brake 
disks in high performance automobiles and in 
airplanes [1-3]. This type of materials, which 
represents the focus of this paper, is typically 
reinforced by bundles made of thousands of carbon 
fibers with a length of the order of ten millimeters. 
Hence, from the meso-scale standpoint, the material 
can be seen a composite made by an isotropic 
matrix, nominally composed by silicon carbide 
(SiC), reinforced by cylindrical inclusions 
represented by bundles of fibers. It should be noted 
that the dimensions of bundles are relatively large 
compared to disk geometrical details and that 
volumetric fractions of reinforcement can exceed 
0.40. Moreover, in some cases, bundles can be split 
during the preparation of the precursor. As a 
consequence, the material exhibits preferential 
directions of reinforcement orientation, thus leading 
to anisotropic properties, and local variations of 

composition in terms of volumetric fraction, size and 
orientation distribution of reinforcing bundles.  
Such features complicates the evaluation of material 
properties by experimental testing, since tests in 
different load conditions and samples taken from 
different regions of the disk are required. Hence, the 
availability of an approach for the prediction of 
material properties is considered a fundamental issue 
for optimizing material characteristics, speeding up 
the design process and applying well-defined 
margins of safety in combined load conditions.  
Nevertheless, the development of a material model 
have to face severe difficulties, which are inherent to 
the nature of the material and of the technological 
process used in manufacturing. 
One of the difficulties is the uncertainty of the 
material properties referred to the constituent phases. 
Such problem is also recognized in the development 
of models for  SiC matrix composites with textile 
reinforcements, produced by means of an hybrid 
CVI (chemical vapor infiltration)/MI process [4,5]. 
In the short fiber-reinforced material produced 
through LSI processes, the microstructure of the 
material is even more complex due to the different 
sizes and orientation of the reinforcement, a more 
irregular configuration of the matrix-fiber interface, 
to the presence of voids, unreacted silicon and 
micro-cracks originated in the cooling phase. 
From a methodological standpoint, application of 
micromechanical analytical approaches to such 
materials is difficult due to the high volumetric 
content and the non-uniform size and orientation 
distribution of bundles [6]. A numerical approach 
based on FE models  of representative volume 
elements (RVEs) can be regarded as a possible 
solution, but the generation of FE meshes to model 
the material meso-structure is not straightforward, 
because algorithms based on positioning fibers 
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according to a random or a specifically selected 
distributions are not successful for cylindrical 
inclusions at high volumetric content [7].  
A promising approach to overcome the 
aforementioned difficulties and to develop a meso-
scale model of the material has been devised by 
generating the FE meshes with the use of a packing 
simulation and by applying a peculiar strategy for 
the identification of the elastic properties of the 
constituent phases [8].  The numerical tools applied 
and the identification of phase properties made 
possible a prediction of the elastic constants of the 
short fiber reinforced composite material. Moving 
from such results, the work presented is aimed at 
extending the methodology and to develop a non-
linear numerical material model with potential for 
the identification of damage threshold and failure 
criteria in combined stress states.  
In the following sections of the paper the meso-scale 
structure of the material and the macroscopic 
response obtained in experimental tests are 
described. Thereafter, the characteristic of the 
numerical approach are discussed. Finally, the 
selected constitutive laws, the identification of 
material properties and the correlation with 
experimental tests is presented. 
 
2 CMC material structure and experimental 
response 

2.1 Technological process and material structure  

The LSI  process for the production of a short fiber-
reinforced CMC component starts with the molding 
of a polymeric precursor reinforced by bundles of 
carbon fibers.  A tile is sketched in Fig. 1-A, which 
includes a photograph referred to the top view of the 
precursor, on a plane perpendicular to the packing 
direction. Carbon fibers are aligned on such a plane 
due to the packing action and bundles are split 
during mixing and packing process, so that a non-
uniform size and orientation distribution of the 
inclusions is obtained. 
After pyrolysis and  silicon infiltration, the internal 
meso-scale structure in the through-the-thickness 
direction of the tile is presented in Fig. 1-B, which is 
taken from a computer tomography analysis of a tile. 
The bundles of carbon fibers can be recognized, but 
it is apparent that they are infiltrated by dendrites 
made of SiC and unreacted silicon. The tomogram 

clearly confirms that bundles are oriented in the 
direction perpendicular to the packing direction.  

 
 

 

  
10mm ÷÷÷÷15 mm 

35 mm 

Packing 

direction 

A 

B 

C 

 
Fig. 1. Packing and molding of polymeric precursor 
(A), meso-scale structure of final material (B) an 
material micro-structure (C) 
 
The description of the material as an isotropic matrix 
reinforced by inclusions, which are represented by 
fiber bundles, is a simplification of the material 
structure, but it can be still considered an interesting 
standpoint for the development of a material model. 
Indeed, the microstructure of the material is 
characterized by irregular and complex features, 
such as the infiltration of silicon and SiC in the 
bundles, the presence of porosities and micro-cracks 
due to the cooling process and residual of unreacted 
carbon, which derives from the pyrolysis of 
polymeric precursor. An example is provided in Fig- 
1-C, where two adjacent bundles can be 
distinguished. The irregularities in the micro-
structure can be homogenized at the meso-scale 
level by defining a isotropic matrix phase and a 
transversely isotropic reinforcement phase. In Fig. 1-
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C, the arrangement of fibers in the bundles can also 
be appreciated. It is worth observing that a carbon 
volumetric content of 40% involves a much higher 
volumetric content of the inclusions representing the 
bundles in the meso-scale description, which can 
exceed 50%.  
The adoption of a meso-scale standpoint absolutely 
requires the identification of the effective properties 
of the constituent phases in the final material. The 
application of the properties referred to the nominal 
constituents, SiC matrix and carbon fibers, is 
unfeasible, as it can be proved by simply comparing 
the properties of the CMC materials with the typical 
elastic properties of the nominal constitutive phases 
[2, 8].  

2.2 Experimental response 

The presence of different phases, initial porosities 
and micro-craking, the development of local 
plasticity and the growth of defects into macro-
cracks at increasing loads are known sources of non-
linear behavior in ceramic matrix composites [9].  
Three types of test were carried out to provide data 
for the development of a numerical approach with 
the capability of modeling the accumulation of 
permanent strain, damage and the failure of the 
material. Such experiments were performed on 
specimens cut from CMC tiles, with a length of 70 
mm ÷ 80 mm, and a section of 5 mm x 10 mm.  
A first set of specimen was subjected to a thermal 
cycle consisting in heating the specimen in an oven 
at 800 °C for more than 10 hours. As a consequence, 
the carbon reinforcement was burnt and the bending 
response of such coupons can be potentially used to 
identify the properties of the matrix phase in the 
numerical model. Three-point bending tests were 
performed on such specimens under displacement 
control at a rate of 0.1 mm/min.  
The same type of bending test was performed on a 
second set of specimens, representing the standard 
CMC material used in brake production. Finally, a 
third set of CMC standard specimen was endowed 
with glass-fiber reinforced tabs and tested in tension, 
by using an Instron MTS-647 electro-mechanic test 
system at a loading rate of 0.1 mm/min. The 
specimens subjected to tensile tests and the lay-out 
of the three-point bending experiments are shown in 
Fig. 2. 

 
Fig. 2. Tabbed specimens subjected to tensile tests 
(A) and lay-out of three-point bending test (B)  
 
Equivalent stress-strain curves were obtained from 
the force vs. displacement responses measured in all 
the tests. In particular, the following formulation 
was applied to bending data:  

22

3

bh

FL=σ ; 
2

6

L

hδε =  (1) 

All test were performed by applying a series of 
loading-unloading cycles and by recording the 
permanent deformation at end of each unloading 
step. Such procedure was applied to measure at 
increasing loading levels both permanent 
deformations accumulated by the specimens and 
degradation of secant modulus.  
The results of the three-point bending tests 
performed on burnt specimens are summarized in 
Fig. 3. All stress-strain curves were interpolated and 
a mean curve was calculated. The stress and strain 
values reported in Fig. 3 are normalized with respect 
to the maximum stress and to the corresponding in 
the mean curves. 
The procedure based on loading-unloading cycles 
makes possible a distinction between the non-
linearity induced by the accumulation of permanent 
deformation and damage. Indeed, in each cycle, a 

 B 

A 
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maximum strain εi, corresponding to a stress σi is 
obtained and the permanent deformation at 
unloading, εi

p, is measured. Hence, damage could be 
evaluated by applying:  

( ) ( )p
ii

i
i E

d
εε

σε
−

=
0

 
(2) 

The effect of damage was removed from the 
response by calculating the effective stress level 
without modulus degradation: 

( )p
ii

undamaged
i E εεσ −= 0

 (3) 

The undamaged curve for burnt specimen in three-
point bending condition is represented in Fig 3 by 
the dashed line.  

 

Fig. 3. Normalized stress-strain response obtained in 
the three-point bending tests on CMC burnt 
specimens 
 
The same elaboration procedure was performed on 
the bending tests performed on CMC standard 
specimens and on CMC tensile specimens. The 
results are summarized in Figs. 4 and 5, respectively, 
where stress and strain levels are normalized with 
respect to the same values considered Fig. 3, 
referred to the burnt specimens.  
The main results of the experimental tests are 
reported in Tab. 1. Young modulus was taken 
considering the tangent slope of the stress vs. strain 
curve in the first loading cycle, between 0.2 and 0.6 
of the maximum strain reached.   
It can be observed that the responses in the different 
tests are quite similar from a qualitative standpoint. 

Initial deviation from linearity occurs well before 
maximum stress and can be initially attributed only 
to the development of permanent deformation. 
Reduction of secant modulus, which can be taken as 
overall damage index, accumulates slowly before 
maximum loads until a critical value, where 
macroscopic fractures develop and lead to a quite 
steep reduction of load carrying capability. 

 
Fig. 4. Normalized stress-strain response obtained in 
the three-point bending tests on CMC specimens 

 
Fig. 5. Normalized stress-strain response obtained in 
the tensile tests on CMC specimens 
 

Tab. 1 – Experimental results 

 
Burnt 

CMC 3-pt 
bend. 

Standard 
CMC 3-pt 

bend. 

Standard 
CMC –
tension 

Tests 
performed 

4 10 4 

E (Gpa) 10.5 ± 1.0 19.3 ± 1.1 25.8 ± 1.9 
U
burnt

U σσ  1.0 ± 0.1 14.2 ± 1.3 4.7 ± 0.4 
( ) ( )burnt

UU σεσε  1.0 ± 0.1 7.4 ± 0.6 2.5 ± 0.4 
 

σi  εi
 

ε 
p

i

 

ε p

i
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Quantitative comparison between the 3-point 
bending tests performed on the burnt and on the 
standard CMC specimens provides an indication of 
the effects of reinforcement fibers: Young modulus 
is more than doubled and maximum strength is 
about 14 times higher. Comparison between bending 
and tensile tests shows that material non-linearity 
and non-homogeneity lead to bending maximum 
stress which is 3 times higher than the corresponding 
tensile ultimate strength.  The capability of capturing 
such qualitative and quantitative effects of the 
macroscopic response is a very important goal for 
the non-linear meso-scale material model to be 
developed.  
 
3 Generation of meso-scale material models 

3.1 Packing simulations 

The development of a numerical approach at the 
meso-scale level is based on representative FE 
models. The capability of generating FE meshes 
could be used to predict material properties before 
physical manufacturing. Moreover, the 
reconstruction of the meso-scale configuration after 
manufacturing is quite complicated for the material 
considered, because the identification of bundle 
boundaries is complicated by  silicon infiltration, as 
it is apparent from Fig. 1-B. 
Unfortunately, the generation of FE meshes by 
means of a sequential placement of cylindrical 
inclusions, based on a given size and orientation 
distribution, is not feasible at high volumetric 
contents, as it is shown in [7] and confirmed in [8] . 
Such difficulties motivated the development of a 
packing simulation process in [8]. First of all, the 
distribution of size and section shapes obtained in 
the mixing process were experimentally measured. 
A population of inclusions was generated 
considering such distribution and placed, by using a 
random sequential absorption algorithm, in a loosely 
packed configuration, which occupies a relatively 
large volume.  
Then, data referred to inclusion shape and positions 
in the pre-packed configuration were used to 
automatically generate a model for packing 
simulation. In the present work, the pre-packed 
configuration is obtained by applying the same 
approach and using the same size distributions 
described in [8], but new tools are developed for 
packing simulation and mesh generation. 

 

 
 

Fig. 6. Packed configuration of the inclusions in a 
tile obtained by using Bullet Physics Library 
 
Indeed, the simulation of packing is aimed at 
obtaining realistic and feasible configurations of 
highly packed inclusions rather than modeling the 
molding process from a physical standpoint and one 
of the most critical aspect of such simulation is 
management of mutual contact interactions  among a 
very large number of bodies. Multi-physic software 
libraries used in the development of computer games 
are endowed with very efficient methods for 
collision detection among bodies, such as GFK 
algorithm [10]. Moving from such considerations, 
the open source Bullet Physic Library is adopted to 
simulate the packing of inclusions, which are 
modeled as rigid bodies. In the procedure devised to 
generate the meso-scale configuration, the pre-
packed configuration is first generated in a volume 
bounded by rigid wall which are then moved in the 
packing direction until the required volumetric 

x (packing 

direction) 

y 

z 

y 

x 
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fraction is obtained. The final packed configuration 
of a 50 mm x 50 mm x 12 mm tile including 1340 
inclusions with elliptical sections is presented in Fig. 
6. Final volumetric fraction of inclusion in this tile is 
0.52. 
The distributions of orientation can be described by 
the orientation tensor aij, which can be calculated by 
knowing the distribution function ψ(ϑ,φ): 

( ) φϑϑφϑψ
π π

ddppa jiij sin,
2

0 0
∫ ∫=  (4) 

where ϑ  is the angles of the inclusion axis with the 
packing direction x, φ defines the orientation in the 
y-z plane and pi,j are the direction cosines of the 
inclusion axis. 
The orientation tensor obtained in the packing of the 
tile shown in Fig. 6 is hereby reported:  

















−
−

=
4719.03135.00011.0

3135.04753.0001.0

0011.0001.00893.0

ija  (5) 

According to the results, the packed configuration is 
characterized by a quite uniform orientation in the 
plane perpendicular to packing direction. Only few 
inclusions exhibit significant orientation out of this 
plane, in a good qualitative agreement with the 
experimental evidences. The packing simulation of a 
tile can be performed in a short computational time 
(about 10 minutes by using a workstation endowed 
with 2.6 GHz AMD Opteron processors). Hence, 
from a computational standpoint, a significant 
improvement in the efficiency of packing simulation 
has been obtained with respect to results reported in 
[8].  

3.2 Modeling techniques 

Automatic meshing of packed meso-scale 
configurations at high reinforcement content 
represents a challenging task due to extremely small 
gaps that can exist between adjacent inclusions. In 
this work the problem is complicated by the need of 
performing non-linear analyses and to model the 
development and propagation of macro-cracks. 
Since a possible approach is based on the adoption 
of explicit analyses, a mesh based on 8-noded brick  
elements with a reduced integration scheme is 
recommended [11], but automatic meshing of solid 

volumes occupied by matrix and inclusions is 
unfeasible if brick elements are adopted.  
A modeling approach is proposed in this work, 
based pre-meshing the volume occupied by the 
material with the use of a regular mesh of solid 
elements. The boundaries of the inclusions are not 
defined in this mesh,  but elements are subsequently 
attributed to the matrix phase or to an inclusion by a 
script that compares the position of each element 
with the results of the packing simulation. Such 
procedure is used to prepare the model of the matrix 
phase, as it is shown in Fig. 7.  
 

 
Fig. 7. Packed configuration (A), pre-meshed 
volume (B), identification of matrix and inclusion 
phase (C) and model of the matrix phase (D) 
 
On the contrary, the mesh of the inclusions is not 
based on the elements of the pre-meshed volume. 
Inclusions are separately meshed in order to preserve 
the representation of  their geometrical boundaries 
and then coated by means of a layers of cohesive 
elements [11],  which are connected to the irregular 
boundary of the matrix. Connection is obtained by 
means of a TIE algorithm, which is a typical method 
for joining dissimilar meshes, available in 
commercial codes [11]. Such approach makes 
possible the development of models using solid 
bricks, which are well-suited for non-linear explicit 
analyses, but preserves the possibility to characterize 

A B C 

D 
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a matrix/inclusion  interface that is geometrically 
representative of the true boundaries between the 
phases in the meso-scale idealization. 
 

 
Fig. 8 . Reference model of fiber pull-out (A) and 
modeling technique based on dissimilar meshes (B) 

 
Fig. 9 . Comparison of stress-state in the models of a 
pull-out test. 
 
A numerical study representing a pull-out test of a 
fiber has been conducted to compare the  stress 
states modeled by adopting the  proposed modeling 
technique with the results of a more traditional 
modeling approach (Fig. 8). In the traditional model 
the meshes of the matrix and of the fiber are 
connected at nodes. The interface layer visible in 
Fig. 8-A is characterized with the same material 
properties of the matrix. In the modeling technique 
proposed such interface is substituted by cohesive 

elements regularly connected at nodes of the fiber. 
The external surface of this cohesive layer is 
involved in the TIE connection with the irregular 
matrix boundary (Fig. 8-B). 
According to the results shown in Fig. 9, the stress 
state in the fiber is identical in both models and the 
maximum values of Von Mises stress in the matrix 
are only slightly overestimated (about 10%) in the 
approach based  on dissimilar meshes. Therefore, the 
representation of the stress state in the proposed 
technique can be considered acceptable.   

3.3 Models of experimental tests  

The technique based on packing simulation, 
mapping of matrix phase on a pre-meshed volume 
and on the introduction of geometrically-based 
meshes of inclusions, which are tied to the matrix 
elements, is applied to model the experimental tests 
performed on the CMC material.  

 
Fig. 10. Specimen model (A), meso-scale model of 
the matrix (B) and of CMC material (C) 
 
The expected computational times required for non-
linear analyses are very high and this suggests to 
limit the meso-scale description of the material to 

A  

B 

C 

16 mm A  

B 
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the central zones of the specimens used in the 
experimental tests. The lateral parts are modeled at 
the homogenized level, as it shown in Fig. 10-A, by 
using a regular scheme of 36000 bricks with sides of 
0.3 mm ÷ 0.5 mm. The central meso-scale mesh is 
connected to the homogenized parts by means of 
TIE algorithms. The matrix phase is mapped on a 
mesh of bricks with a side of 0.1 mm and is 
represented in Fig. 10-B. The mesh of the matrix 
alone is used to model the burnt specimens, where 
reinforcement content is eliminated. The model of 
the standard CMC material is obtained by 
introducing the meshes of 210 inclusions, which are 
modeled by brick elements having a typical size of 
about 0.1 mm (Fig. 10-C). The volumetric fraction 
of the inclusion in the meso-scale part of the FE 
model is 0.48. Total number of brick elements in the 
meso-scale part of the model is about 1 million. All 
numerical analyses are performed by using the 
Abaqus/Explicit code, by applying appropriate 
velocity boundary conditions to sets of nodes, with a 
time history tuned to avoid the onset of numerical 
oscillations so to perform quasi-static analyses [11]. 
Computational time cost is very high, although it 
depends on the number of processors used. The 
analysis of the tensile test on the CMC standard 
specimen can require up to 5 days by using a 
workstation endowed with  2.6 GHz AMD Opteron 
processors. 
It is worth noting that the application of the hybrid 
models require, for the representation of non-linear 
responses, the attribution of non-linear constitutive 
laws to the elements belonging both to homogenized 
and to the meso-scale parts of the FE scheme.  
 
4 Constitutive laws and identification strategies 
for the elastic-plastic response 

4.1 Elastic material properties 

In the meso-scale standpoint adopted in this work, 
matrix is considered an isotropic material and fiber 
bundles are modeled by using a transversely 
isotropic material model. 
The properties of the matrix in the meso-scale model 
are identified by considering the experimental 
results referred to burnt specimens. This a 
fundamental characteristic of the general strategy 
followed for the identification of the properties in 
the models and is applied both to the linear and non-
linear aspects of the constitutive law.  

Accordingly, an hybrid model with a meso-scale 
part constituted only by the mesh of the matrix phase 
is used to analyze the bending test performed on the 
burnt specimens. The elastic modulus attributed to 
the matrix is varied until an acceptable correlation is 
obtained. The Poisson’s ratio of the material is set to 
0.1, following the considerations reported in [8]. 
Considering the experimental results, an elastic 
modulus of 10.5 GPa is attributed to the 
homogenized material at the side of the hybrid 
model. A good correlation between the experimental 
and numerical stiffness is obtained with a matrix 
Young modulus Em = 56.8 GPa.  
 The identification of the effective elastic properties 
of the bundles is indeed a complicated task that was 
carried out in [8] by using results referred to long 
fiber-reinforced ceramic specimens. In this work, a 
set of material properties obtained in a different 
identification activity is used, which was based on 
CMC specimens at different volumetric contents. 
Elastic parameters are reported in Tab. 2. It can be 
observed that the value of the Young Modulus Ea in 
the axial direction is very close to the one identified 
in [8] but that the elastic transverse modulus Et and 
the shear moduli Gt and Gta are higher, though they 
remain one order of magnitude lower with respect to 
Ea. 
 

Tab. 2 – Reinforcement properties 
Ea Et Gt Gta vta vt 

(GPa) (GPa) (GPa) (GPa) (-) (-) 
81.25 10.0 4.2 3.9 0.1 0.3 

 

4.2 Drucker-Prager plastic flow rule 

The non-linear response originated by the 
accumulation of permanent deformation in the 
matrix of the ceramic material is modeled by using 
an elastic-plastic constitutive law associated to 
Drucker-Prager criterion, which is also proposed in 
[4] for the characterization of the matrix in a binary 
model of a ceramic matrix composite. Drucker-
Prager criterion is attributed both to the 
homogenized materials for the lateral parts of the 
hybrid models and for the matrix in the central part 
modeled at the meso-scale level. According to the 
criterion, yielding depends on Von Mises stress 
(deviatoric stress) and on the applied pressure stress. 
In the plane represented in Fig. 11 a yield surface 
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based on Von Mises criterion would be represented 
by an horizontal line, whereas Drucker-Prager yield 
surface is characterized by the angle β, which 
defines the dependency on the applied pressure and 
determines different yield stresses in tensile and 
compressive conditions.  
After yielding, strain hardening in the material is 
represented by the following two-parameters law: 

NpY Kεσσ +=  (5) 

The identification of the material parameters is 
based on the correlation with the undamaged curves 
obtained in the three types of tests performed on 
CMC standard and burnt specimens, which are 
reported in Figs. 3, 4 and 5. Initially, identification 
of the parameters of homogenized material has been 
carried out by using completely homogenized FE 
models. The obtained parameters provided a basis 
for the identification of the properties of the matrix 
in the meso-scale part of the model. Simplifying 
assumptions have also been introduced for the 
identification of β angles, since tensile tests are not 
available for burnt specimens. Table 3  reports the 
material parameters defined for all the three material 
models involved in the numerical analyses. Stress 
values are normalized to the experimental average 
ultimate stress of burnt specimens. 

pressure 

Uniaxial tension 

Uniaxial 

compression 

β 

VM stress 

 

σ
Y

 

 
Fig. 11 – Representation of Drucker-Prager criterion 
 

Tab. 3 – Parameters of elastic-plastic models 

 
CMC 

homogenized 
model 

CMC burnt 
homogenized 

model 

Meso-
scale 

matrix 
E (Gpa) 25.8 10.5 56.8 

v (-) 0.1 0.1 0.1 
U
burnt

Y σσ  0.12 0.45 2.46 

β 36.8° 26.7° 36.8° 
U
burntK σ  201.5 37.3 37.3 

N 0.488 0.709 0.709 

 

 
Fig. 12 – Correlation of elastic-plastic numerical 
models with experiments 
 

 
Fig. 13 – Development of numerical plastic strains 
in the analyses of CMC specimens in bending (A) 
and tensile (B) tests 
 
Quasi-static explicit analyses are performed by using 
the hybrid models represented in Fig. 10 and 
adopting the elastic-plastic constitutive laws with the 
parameters reported in Tab. 3. Final numerical 
results are reported and correlated with experiments 
in  Fig. 12. In such models, fiber bundles are 
characterized with the linear elastic material 
properties reported in Tab. 2 and no damage is 
activated in the cohesive elements connecting such 
bundles to the matrix mesh. Overall, results prove 
that the introduction of elastic inclusions accounts 
for the difference in the initial slope between the 

 

A 

B 
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bending tests performed on burnt and standard 
CMC. Moreover, the adoption of Drucker-Prager 
associated plasticity for the matrix material can 
capture the non-linear response both in tensile and in 
bending curves. A contour describing the 
development of permanent deformation in the 
analyses of bending and tensile test of CMC 
specimens is presented in Fig. 13. Stress 
concentrations in the numerical models lead to the 
localization of plastic strains in the matrix of the 
meso-scale model. Plastic strains in bending are 
mainly developed on the tensile surface (Fig. 13-A), 
whereas they are more diffused throughout the 
volume in the tensile test analysis  (Fig. 13-B). 
 
5 Modeling of damage and failure 
 
A scalar damage variable can be included in the 
elastic-plastic material model based on Drucker-
Prager criterion [11]. Damage threshold is set at a 
given value of plastic strain, εP

0, whereas damage 
evolution depends on the plastic displacement in the 
element, up, which is introduced to regularize the 
damage law on the basis of a typical element size, L: 

pp Lu ε=  (6) 

In the case considered, the regular size of the matrix 
mesh in the meso-scale model makes possible a 
direct conversion of the plastic displacement into the 
plastic strain.  
The following exponential form is chosen for the 
damage evolution law:  

Npp

p
fupu

Lu
e

e
d εα

α

=
−

−=






−

1

1  (7) 

where two new parameters are introduced: the final 
plastic displacement corresponding to unit damage,  
up

f, and the exponent α. A final plastic strain, εp
f, can 

be defined by applying Eq. 6. 
By adopting the general identification strategy 
defined in this work, a damage law is first identified 
for the burnt material. The analysis of plastic strain 
evolution in the elastic-plastic and the comparison 
with experiments leads to identify the damage 
threshold and then the values reported in Tab. 4 are 
selected after a sensitivity study. Plastic strains are 
normalized with respect to the average experimental 

strain at failure of the bending tests on the burnt 
specimens.  

 
Tab. 4 – Parameters of damage law for burnt 

specimens 

( )burnt
Up σεε0  α ( )burnt

Up
f σε  

1.06 0.5 12.3 
 

 
Fig. 14. Plastic strain contour at the onset of a 
transverse fracture (A) and at failure (B) in the 
analysis of the bending test on the burnt specimen 
 
 

 
Fig. 15. Sensitivity to damage threshold in the 
analyses of burnt specimens in bending (A) and 
CMC specimen in tension (B) 
 
The introduction of the damage law in the hybrid 
model of the burnt specimen in bending test 
conditions leads to the localization of plastic strain 
and damage along a fracture that originates from the 
tensed surface (Fig. 14-A) and propagates towards 

A 

B 

A B 
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the compressed surface (Fig. 14-B). The numerical-
experimental correlation reported in Fig. 15-A 
shows that damage development leads to the failure 
of the specimen at a load level that is in good 
quantitative agreement with experimental results. 
The damage law identified considering the burnt 
material is then applied in the analysis of the tensile 
test on CMC standard specimen. Although the 
inclusion are modeled as linear elastic cylinders and 
damage is not activated in the cohesive elements, the 
introduction of damage in the elastic-plastic 
constitutive response of the matrix leads to the 
failure of the specimen at a load level that is close to 
the average experimental values, as it is reported in 
Fig. 15-B. The correlation referred to the predicted 
strength in the CMC tensile specimen is improved 
by using a damage threshold of  1.3⋅εP

0. However, it 
can be observed in Fig. 15-A that the correlation of 
the response referred to the burnt specimen can be 
still considered acceptable even if a damage 
threshold of 2.16 εP

0 is adopted. The development of 
damage in the analysis of the tensile test is still 
characterized by a transverse fracture, though the 
effects of the elastic fiber bundles can be noticed in 
Fig. 16, where only the element of the matrix phase 
are shown. 
 

 
Fig. 16. Damage development at failure in the 
matrix phase of the CMC tensile specimen model 
 
The analysis of the bending test on the CMC 
specimen is carried out by using the damage law 
with 1.3⋅εP

0. Damage develops quite early in the 
numerical response, but the effect on the equivalent 
stress vs. strain response is negligible until the 
development a fracture, which is apparent in Fig. 17, 
that leads to the failure of the specimen. It can be 

observed that damage tends also to spread along the 
boundary on the inclusions on the tensed surface of 
the specimen. 
The stress and the strain levels at failure in the 
bending test are in acceptable agreement with the 
experimental average values, as it shown in Fig. 18, 
which reports the overall numerical-experimental 
correlation for all the three tests considered. It is 
remarked that overall correlation is obtained by 
using a single set of material parameters for the 
meso-scale part of the model in all the three 
analyses, with the inclusion elastic properties 
reported in Tab. 2, the elastic-plastic parameters 
reported in Tab. 3 and a damage law based on Tab. 
4, with a damage threshold set at 1.3⋅εP

0. 
 

 
Fig. 17. Damage development at failure in matrix 
phase of  the CMC bending specimen model 
 

 
Fig. 18. Numerical-experimental correlation of force 
vs. displacement responses 

 

 

ICCM19 1928



Concluding remarks 

The development of a numerical meso-scale model 
for a short fiber–reinforced ceramic matrix 
composite has been presented. The main critical 
issues for the generation of meso-scale finite 
element models have been addressed by developing 
effective methodologies for simulating the packing 
of fiber bundles during manufacturing and for 
meshing the obtained meso-scale configurations. 
The experiments performed proved to be adequate to 
set up an approach aimed at modeling permanent 
strain accumulation, damage onset and failure in the 
material considered. In particular, the tests 
performed on burnt specimens allowed the 
identification of the material parameters for the 
matrix phase, which have been successfully applied 
to the analyses of the standard CMC material. The 
selection of an elastic-plastic material model based 
on Drucker-Prager yield criterion for the matrix 
phase can be considered a key issue for the 
achievement of a good numerical-experimental 
correlation in all the three type of tests considered in 
the activity. Finally, it has to be remarked that the 
damage law identified considering the tests on the 
burnt specimens was applied to model the maximum 
load carrying capability and the failure mode of the 
standard CMC in tension and bending with 
appreciable results. In particular, the introduction of 
the reinforcement bundle in the numerical model of 
the matrix leads to almost the same increment of 
strength that was recorded between the bending tests 
performed in the burnt material and in the standard 
CMC specimens. The introduction of damage in the 
constitutive law of the bundles and in the cohesive 
bundle/matrix interface could be required to increase 
the reliability of the model but, considering the 
results obtained by applying a non-linear model for 
the matrix material, the developed approach can be 
already considered a promising tool to support the 
design of CMC components in engineering 
application.   
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
Abstract 
The 3rd World-Wide Failure Exercise (WWFE-III) is 
an international activity aimed at assessing the 
maturity of well-established methodologies for the 
prediction various forms of damage (matrix 
cracking and delamination etc..) and ultimate failure 
of fibre reinforced polymer composite laminates. In 
it, selected groups, who were the originators of 
those methods, were provided with comprehensive 
input material property data and a full description 
of 13 challenging Test Cases (problems) to be solved 
and used in their analysis. These covered eight 
different lay-ups consisting of 0°, [0°/90°/0°], 
[0°/90°8/0°], [0°/90°] s, [±45°] s, [±50°] s, [30°/90°/-
30°/90°] s and family of [0°/45°/90°/-45°] s quasi-
isotropic laminates.  The loadings were: Uniaxial 
monotonic tension, Biaxial stresses, Loading and 
unloading, Bending and Thermal loading. In this 
paper, an up-date is given regarding the progress 
made by the participants for applying their models 
blindly, i.e. prior to receiving experimental data, to 
solve the specified Test Cases.  A wide variety of 
approaches have been implemented and some of the 
results are described briefly.   

1. Introduction 
The authors have been leading international 
activities, known as the World-Wide Failure 
Exercises (WWFE), to assess the predictive 
capabilities of current and well established 
methodologies for modelling damage and failure in 
fibre reinforced polymer composite materials and 
structures. The ultimate aim is to build a strong 

foundation facilitating the establishment of reliable 
elements/codes for virtual testing and thus 
quickening the life cycle of producing new designs 
of composite platforms.  Many requirements are 
needed to achieve that and one of the important steps 
is to be able to define the accuracy, the limitations 
and boundaries of applicability of existing 
methodologies.  
 
Three exercises have been co-ordinated:  
• The First World-Wide Failure Exercise 
(WWFE), Ref[1], which dealt with in-plane failure 
criteria 
• The Second World-Wide Failure Exercise, 
(WWFE-II), Refs[2-4], dealing with 3D failure 
criteria, and 
• The Third World-Wide Failure Exercise 
(WWFE-III), addressing progressive damage under 
in-plane stresses, arising from in-plane, bending and 
thermal loadings; the effects of a stress 
concentration was also considered.      
   
The first exercise was launched and coordinated 
between 1996-2004 to deal with benchmarking of 
failure criteria under two-dimensional (2-D) or in-
plane loadings. A total of 15 participating groups, 
who were the originators of 19 different 
methodologies, took part and their failure theories 
were  compared with one another and with 14 sets of 
experimental data. The results, in the form of papers 
written by the originators of the theories, have been 
published in three special issues of an international 
journal and then assembled into a textbook, Ref[1]. 
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Two high priority gaps were identified in first 
exercise and those were (1) the need to examine the 
fidelity of failure theories when applied to three-
dimensional (3-D) (i.e. triaxial) states of stress and 
(2) the need to assess the current status of cracking 
and damage models that might have the capabilities 
to analyse the progressive failure of materials and 
structures.   
 
The Second World-Wide Failure Exercise (WWFE-
II), Refs[2-4], was launched to address the first gap 
with the objective of extending the assessment of 
predictive failure criteria from 2-D to 3-D states of 
stress, using the same philosophy employed in the 
first WWFE. The organisers have successfully 
brought WWFE-II to completion and an up-to-date 
assessment of the latest lessons emerging from 
WWFE-II is provided in Ref[4]. 
 
In order to fill the second gap the Third World-Wide 
Failure Exercise (WWFE-III) is currently underway.  
Its goal is to benchmark and to highlight the current 
capabilities and the maturity of established methods 
for modelling various aspects of damage in 
composite materials.  These include  matrix cracks 
due to thermal and mechanical loads; delamination; 
ply constraint and stacking sequence effects; loading 
and unloading phenomena; failure due to stress 
gradients (in particular the hole size effect).   
 
In Part A of the WWFE-III, full details are provided 
of the various theoretical models, which were 
developed and implemented by their originators. 
Part A serves as a platform for the participants to run 
their analyses and make blind predictions of a set of 
13 Test Cases, which were chosen to challenge the 
models to their extremes. These Test Cases are listed 
in the table below.  Thirteen different cases (Table 
1) were selected covering eight different lay-ups 
consisting of 0°, [0°/90°/0°], [0°/90°8/0°], [0°/90°]s, 
family of [0°/45°/90°/-45°]s, [±45°]s, [±50°]s, and 
[30°/90°/-30°/90°]s laminates. Five different types of 
loadings: I -Biaxial direct stresses, II -Uniaxial 
monotonic tension, III-Loading and unloading, IV –
Bending and V-Thermal loading. Details are 
provided in Ref[5]. 
 
A total of 12 groups representing 12 modelling 
approaches have participated, and their methods 
covered a wide range of failure models. The main 
participants are those who have developed their own 
failure theory/modelling capability and who have 
published their work widely in the open literature.  

These individuals have been invited to take part and 
agreed to participate in a two-step process, known as 
‘Part A’ and ‘Part B’ stages. Part A is devoted to 
making a comparison between the predictions of all 
the models involved and Part B is aimed at making a 
comparison between all the predictions and relevant 
experimental data, supplied by the organisers.  The 
WWFE-III is organised to run logically through a 
series of activities, as follows:  
 
Part A 
(1) Definition of the scope of WWFE-III (Selection 
of Test Cases and supporting data).  
(2) Identifying suitable participants and gaining their 
agreement to participate. 
(3) Issuing Part A data to participants. 
(4) Receipt of Part A submissions.  Rigorous review 
process is applied for each submission.  
Part B 
(5) Issuing Part B experimental data to participants.  
(6) Publication of Part A in special edition of a 
suitable journal.  
(7) Receipt of Part B submissions.  Stringent 
reviewing process is adopted for each submission. 
(8) Publication of Part B in special edition of a 
suitable journal.  
 
This paper gives an account of some of the lessons 
learnt, a comparison between the predictions of the 
models for all the 13 Test Cases and a set of 
conclusions on the similarities and the differences 
between the models.  All the contributors’ papers 
will be published in a special issue of Journal of 
Composite Materials devoted to Part A of the 
WWFE-III.  

2. Details of methods used 
A wide variety of models has been employed by the 
participants of the WWFE-III, Ref [17]  to Ref [6].  
A total of 12 methods are currently being 
benchmarked. The names of the participants, 
together with their organisations, are listed in Table 
1.  A brief description of these methods is made 
below.  

1. Carrere, Laurin and Maire’s model[6]  
The participants provided a multiscale hybrid 
approach for predicting damage and failure of 
laminated composite structures based on the thermo-
mechanical properties (stress/strain behaviour and 
strength) of the unidirectional plies.  The approach 
introduces viscosity of the matrix in order to obtain 
an accurate description of the mesoscopic behaviour, 
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especially the non-linearity under shear loading. The 
failure criterion used is based on physical principles 
and introduces micromechanical aspects (such as the 
effect of the local debonding on the non-linear 
failure behaviour) at the mesoscopic scale.  
 
The main improvements, over those proposed in the 
second world-wide failure exercise (WWFE II), are 
related to (i) the evolution and effects of the 
mesoscopic cracks and (ii) the coupling between 
those cracks and delamination (inter-ply damage). 
This approach has been implemented in an implicit 
finite element code in order to predict the strength of 
composite structures, exhibiting different levels of 
complexity (unnotched plates, open-hole plates) and 
subjected to complex loadings (membrane or 
bending loadings). The model provided solutions to 
all the 13 Test Cases of the WWFE-III. 

2. Chamis’ model[7]  
The work is based on a relatively new commercial 
software that was developed by AlphaStar 
Corporation (USA) with the cooperation of NASA 
Glenn, Clarkson University, and NASA Langley. 
The model, referred to as General Optimization 
Analyzer (GENOA), uses Multi-scale (Micro-
Macro) Progressive Failure Analysis (PFA), to 
provide theoretical predictions for damage 
development for the 13 Test Cases. Multiple failure 
criteria were utilized aimed at tackling issues related 
to a wide range of damage modes. The critical 
damage events/indexes predictions tracked trans-
laminar and inter-laminar composite failures 
namely:  matrix cracking/crack density, damage 
initiation/propagation delamination initiation/growth 
and their interaction with fiber failure. 

3. Soutis-Kashtalyan’s model [8] 
The model, referred in the graphs of this paper as 
Kashtalyan’s model, describes an analytical 
approach to predict the effect of intra- (matrix 
cracking and splitting) and inter-laminar 
(delamination) damage on the residual stiffness 
properties of the laminate which can be used in the 
post-initial failure analysis, taking full account of 
damage mode interaction. The approach is based on 
a two-dimensional shear lag stress analysis and the 
Equivalent Constraint Model (ECM) of the damaged 
laminate with multiple damaged plies. The 
application of the approach to predicting degraded 
stiffness properties of a multidirectional laminate 
with multilayer inter- and interlaminar damage is 

demonstrated for cross-ply laminates made from a 
specific glass/epoxy system under in-plane uniaxial 
loading damaged by transverse and longitudinal 
matrix cracks and crack-induced transverse and 
longitudinal delamination. The model was very 
limited as provided predictions for only two of the 
Test Cases and, even for those two cases, no stress 
strain curves were provided.  Clearly, the scope of 
the presented model is much less versatile than 
many of the others.   

4. Ladeveze’s model[9] 
The model provided a detailed description of a new 
damage mesomodel and examined its application to 
solve material and structural problems for the test 
cases proposed in WWFE-III. The model deals with 
various damage scenarios and mechanisms of 
degradation, including diffuse intralaminar damage, 
diffuse interface damage, localised delamination, 
fibre and plasticity and can predict the evolution of a 
laminate’s response until final failure. Some issues 
concerning the identification of the parameters of the 
mesomodel, concerning limited information, are 
discussed. 

5. McCartney’s model [10] 
A model was used describe the development of 
damage in laminates, based on an energy 
methodology that requires knowledge of the 
dependence of thermoelastic constants on damage. 
Methods used to predict ply properties from those of 
the fibres and matrix are also described. Crack 
density in the 90 degree plies was modelled using 
ply refinement technique. Detailed discussion is 
made on a number of relevant issues (initiating 
defect size and shape, fibre strength, ply saturation, 
off-axis ply cracking, delamination, mixed mode ply 
cracking) and their likely effects on design. 

6. Pettermann’s model [12] 
This approach described a constitutive model which 
considers stiffness degradation and plastic strain 
accumulation for the the prediction of stress strain 
curves and failure envelopes. The model calibration 
by means of the provided material data is described 
and the limits of applicability of the proposed 
constitutive model are discussed. The predictions are 
presented in terms of stress–strain curves and curves 
presenting the evolution of brittle damage and the 
formation of plastic strains. 
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7. Pinho et al model [13] 
Pinho and his group presented predictions for the 12 
of the 13 challenging Test Cases of the third World 
Wide Failure Exercise (WWFE-III).  The 
constitutive model is based on plasticity theory, 
includes hydrostatic pressure effects and accounts 
for multiaxial load combination effects. The failure 
criteria distinguish between matrix failure, fibre 
kinking and fibre tensile failure. In-situ strengths are 
used for matrix failure. Propagation of failure takes 
into consideration the fracture energy associated 
with each failure mode and, for matrix failure, the 
accumulation of cracks in the plies.  

8. Sapozhnikov’s model [14] 
The model presents a model, known as Generalized 
Daniels' Model (GDM), describing the process of 
micro-damage accumulation, deformation and 
failure of multilayered fibre reinforced composite 
structures under complex internal states of stress 
responding to external plane-stress loading. The 
model considers three independent types of ply 
micro-damage: longitudinal, transverse and shear. 
Nonlinear analysis, taking into account scissoring 
effects, is used to make theoretical predictions for all 
the 13 Test Cases involved in the third World Wide 
Failure Exercise (WWFE-III).  For the prediction of 
notched strength of laminates with hole, the model is 
used with a nonlocal approach based on the specific 
size of ply microstructure and Neuber's hyperbola of 
specific deformation energy. The results are 
presented for all the 13 Test Cases. 

9. Soutis’  model [15] 
This approach examines the application of a 
cohesive zone model to predict the open hole 
compressive (OHC) strength of an IM7/8552 carbon 
fibre/epoxy quasi-isotropic multidirectional laminate 
with an open hole and study the level-ply scaling or 
ply blocking effect on notch sensitivity. Cohesive 
zone models have been successfully applied to 
predict the damage from notches in engineering 
materials loaded in tension. They have also been 
used to determine the growth of fibre microbuckling 
from a hole in composite laminates under 
compression. The usual strategy is to replace the 
inelastic deformation associated with plasticity or 
microbuckling with a line-crack and to assume some 
form of stress-displacement bridging law across the 
crack faces. A plastic fibre kinking analysis and a 
linear reduced (softening) relationship are used for 
the prediction of the unnotched and open hole 

compressive strength. The model was applied to 
solve two Test Cases only. 

10. Talreja’s model [16] 
In this model, selected test cases were analysed by 
an approach described as synergistic damage 
mechanics (SDM). This approach utilizes 
micromechanics and continuum damage mechanics 
(CDM) to predict the overall mechanical response of 
composite laminates with ply cracking in multiple 
orientations. The material constants needed in the 
CDM formulation are calculated from stiffness 
property changes incurred in a reference laminate. 
For other laminate configurations, the stiffness 
changes are derived using a relative constraint 
parameter which is calculated from the constraint on 
the opening displacement of ply cracks within the 
given cracked laminate evaluated numerically by a 
finite element analysis of appropriately constructed 
representative unit cell. The number density of ply 
cracks (cracks per unit length normal to the crack 
planes) under quasi-static loading is calculated by an 
energy-based approach. Finally, the stress-strain 
response of a laminate is determined by combining 
stiffness property changes and evolution of crack 
number density. 

11. Varna’s model[17] 
In the model, the reduction of thermo-elastic 
constants of laminates and their nonlinear behavior 
due to intralaminar cracking and nonlinear shear 
response of the composite are analyzed using global-
local approach.  The macroscopic properties of 
damaged laminates are expressed in simple forms 
containing density of intralaminar cracks and their 
surface displacement features obtained from local 
solutions. The initiation and evolution of the 
intralaminar damage is analyzed using strength 
based approach for laminates with thick layers and 
fracture mechanics approach for thin layers. Due to a 
lack of information, certain characteristics, such as 
statistical failure properties distribution parameters 
and transition point (thickness) from strength to 
fracture mechanics applicability, were assumed. All 
calculations are based on analytical expressions, 
some of which were developed previously through 
numerical analysis. The present method was applied 
to solve 9 out of the 13 Test Cases of the WWFE-III 
and that was sufficient to illustrate the capability of 
the damage model. 
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12. Vaziri- Poursartip’s model[18] 
The model, referred in the graphs of this paper as 
Vaziri’s model, presented a new development of a 
constitutive modelling framework, referred to as 
COmposite DAmage Model (CODAM)), for 
predicting the non-linear in-plane response of 
composite laminates using continuum damage 
mechanics.  The methodology is best suited for non-
linear structural analysis of large scale laminated 
composites whose boundaries do not 
interfere/interact with the damage zone that develops 
and grows within the structure.  The new 
development (CODAM2) addresses the deficiencies 
in both the numerical and material objectivity of the 
original version of CODAM.  While the previous 
CODAM formulation was essentially a local 
smeared crack model that was augmented with crack 
band scaling to overcome one aspect of the 
numerical objectivity, namely the mesh-sensitivity, 
CODAM2 introduces a non-local regularization 
scheme to alleviate both the spurious mesh 
dependency and mesh orientation problems that 
plague all local strain-softening models.  Two of 13 
Test Cases, provided in the WWFE-III, which were 
related to the in-plane tensile and compressive 
loading of specimens containing open hole, were 
used in order to demonstrate the effectiveness of 
CODAM2 in predicting the damage development 
and the corresponding overall response in such 
structural loading configurations.   

3. Comparison between models 
In order to show typical results emanating from Part 
A of the WWFE-III, selected predictions have been 
compiled for two of Test Cases; Test Case 7 and 
Test Case 8.  These are schematically in Figure 1.  
The Test Cases were selected to study the effects of 
lay-up sequence on the damage development and 
failure of a typical laminate used in aircraft.  

Test Case 7 
Test Case 7 deals with the prediction of the stress 
stain curves and crack density of [0°/-45°/+45°/90°]s 
quasi-isotropic laminate under uniaxial tensile along 
the direction of the 0° fibres.  The stress strain 
curves predicted by the various theories are shown 
in Figure 2. Figure 3 shows the crack density 
(damage level) variations with the applied laminate 
strain as predicted by the various theories for the 90° 
and +45° and -45° plies.  In order to show clearly the 
differences between the predictions of various 
theories, bar charts were constructed in Figure 4 to 

show the failure strengths and strains of the 
individual theories. Furthermore, Table 3 shows the 
extreme predictions obtained from the models 
employed for the ultimate strength, strain in the 
loading direction, transverse strain, Poisson’s ratio, 
crack density and initial failure strain.   
 
Although the results in Figure 1 showed that the 
majority of the curves are fairly similar and linear up 
to failure, two theories predicted a softening 
behaviour at the very late stage of loading.   
 
The following comments may be made from the data 
shown in the Figures 3 and 4 and Table 3: 
 

• A small variation was observed in the 
ultimate strength values, which ranged from 
911 to 1209 MPa.  McCartney’s model 
predicted large strength (above 1209MPa) 
but this was truncated arbitrarily according 
to maximum failure strain in the fibre 
direction.  

• The ratio of the largest to the smallest 
predicted ultimate failure strains in the 
loading direction was 1.93 while that in the 
transverse direction was 2.96. 

• Differences in the prediction of the crack 
density in the 90° plies were large.  The 
crack density varied from 0.16 to 1.74, 
where the ratio between these extreme 
predictions reached 10.8.  Note that the large 
crack density (1.74) was predicted by 
McCartney at a very large strain (not shown 
in the figure). The next largest damage 
parameter, which was equal to 1, was 
predicted by Sapozhnikov.    

• The strain at the initiation of damage of 
cracking in the laminate ranged from 
0.195% to 1.513% with a ratio between 
them equals to 7.74.  

• Only three of the models predicted cracking 
in the 45° plies.   

Test Case 8 
This Test Case deals with the prediction of the stress 
stain curves and crack density of quasi-isotropic 
laminate under uniaxial tensile along the direction of 
the 0° fibres.  However, the ply sequence is selected 
to be [45°/0°/90°/-45°]s, which is different to that in 
Test Case 7.   The stress strain curves are shown in 
Figure 2.  Like Test Case 7, the results of Test Case 
8 show that the majority of the curves are fairly 
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similar and linear up to failure.  Similarly, two of the 
theories (Chamis and Sapozhnikov) predicted a 
softening behaviour at the very late stage of loading. 
 
Table 4 shows the extreme predictions obtained 
from the models employed for the ultimate strength, 
strain in the loading direction, transverse strain, 
Poisson’s ratio, crack density and initial failure 
strain.  The table shows the following features of the 
predictions: 
 

• A small variation was observed in the 
ultimate strength values, which ranged from 
878 to 1224 MPa, which is very close to 
those in Test Case 7.  McCartney’s model 
predicted large strength (above 1224MPa) 
but this was truncated arbitrarily according 
to maximum failure strain in the fibre 
direction.  

• The ratio of the largest to the smallest 
predicted ultimate failure strains in the 
loading direction was 2.6 while that in the 
transverse direction was 4.6. 

• Differences in the prediction of the crack 
density in the 90° plies were large.  The 
crack density varied from 0.004 to 1.74, 
where the ratio between these extreme 
predictions reached 400.   Varna predicted 
that for a specimen with 100mm gauge 
length, the maximum crack density value in 
the 90-layer corresponds to 1 crack.   

• Note that the large crack density (1.74) was 
predicted by McCartney at a very large 
strain (not shown in the figure). The next 
largest damage parameter, which was equal 
to 1, was predicted by Sapozhnikov.    

• The strain at the initiation of damage of 
cracking in the laminate ranged from 
0.195% to 1.513%, giving   a ratio between 
the largest and lowest strains to be 7.74.  

• Five models predicted cracking in the 45° 
plies, see ref [19].  

 

4. Concluding remarks 
- The paper has provided an update of the 
activities and the results obtained so far as well 
as some of the lessons learnt from selected Test 
Cases.  Test Cases 7 and 8 deal with the 
prediction of the stress stain curves and crack 
density of [0°/-45°/+45°/90°]s and [45°/0°/90°/-

45°]s quasi-isotropic laminate under uniaxial 
tensile along the direction of the 0° fibres. 
- The results from Test Cases 7 and 8 have 
been presented in this paper where differences 
and similarities have been shown between the 
models for predicting ultimate strength, strain in 
the loading direction, transverse strain, Poisson’s 
ratio, crack density and initial failure strain. 
- Although small variations were observed in 
the final strength predictions, large differences 
were shown in the prediction of the initiation 
and the propagation of damage and cracking in 
the various plies.  
- It is clear from the results already that the 
area of damage prediction remains very 
challenging.  A lack of consensus exists in terms 
of how damage is developed in various 
laminates and how changes in geometry and lay-
up sequence affect the development of cracks, 
delamination and ultimate failure. 
- The full results of Part A of the WWFE-III 
are being published in a special issue of J 
Composite Materials and readers can find the 
full compilation of the predictions of all the 
models and their applications to providing 
solutions to all of the Test Cases in ref [19].   
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Table (1) Details of the Test Cases used in WWFE-III. 
Test  
Case 

Laminate lay-up Material 
type  

Description of Required Prediction 

1 [0°] 1 Shear stress strain curve with the presence of transverse tension stress of 
+14MPa. 

2 [0°] 1 Shear stress strain curve with the presence of transverse compression 
stress of -34.5MPa. 

3 [0°/90°/0°] 2 Stress strain curves and crack density variation  
4 [0°/908°/0°] 2 Stress strain curves and crack density variation 
5 [0°2/90°2]s  1 Variation of thermal expansion coefficient with crack density.  
6 [0°/90°/-45°/+45°]s  2 Stress strain curves and crack density variation 
7 [0°/-45°/+45°/90°]s 3 Stress strain curves and crack density variation 
8 [45°/0°/90°/-45°]s  3 Stress strain curves and crack density variation 
9 [+30°/90°/-30°/90°]s 2 Bending stress vs axial and transverse strains and crack density 
10 [±45°]s 2 Biaxial failure stress and strain envelopes, maximum crack density, 

delamination level and location. 
11 [±50°]3s 2 Loading and unloading curves under uniaxial loading. 
12 [45°/90°/−45°/0°]s 4 Tension strengths versus laminate hole diameter 
13 [45°m/90°m/−45°m/0°m]s 4 Tensile and compressive strengths versus laminate thickness 

 
Table 2 A List of participants taking part in the WWFE-III. 
No Name Organisation 
1 Carrere et al[6] ONERA (France) 

2 Chamis et al[7] NASA (USA) 

3 Kashtalyan and Soutis[8] Aberdeen Uni /Manchester  Univeristy/ (UK) 

4 Ladeveze and Daghia[9] lmt.ens-cachan (France) 

5 McCartney[10] NPL (UK) 

6 Pettermann et al[12] Vienna University (Austria) 

7 Pinho et al[13] Imperial College (UK) 

8 Sapozhnikov and Cheremnykh[14]  South Ural State University (Russia) 

9 Soutis [15]  Manchester University (UK) 

10 Talreja and Singh[16] Texas University (USA) 

11 Varna[17] Lulea University (Sweden) 

12 Vaziri and Poursartip et al[18] University of British Columbia (UBC) (Canada) 

 
Table 3 Extreme predictions obtained from the various theories of the strength, failure strain and crack density 
in Test Case 7. 

 Strength 
MPa 

Tensile 
strain % 

Transverse 
strain % 

Poisson’s 
ratio 

Max crack 
density 

Initial failure 
strain 

Maximum 1209.7 3.052 -0.337 0.330 1.743 1.513 
Minimum 911.87 1.554 -0.997 0.213 0.1614 0.195 

Max/Min Ratio   1.326 1.963 2.96 1.54 10.798 7.743 
  
Table 4 Extreme predictions obtained from the various theories of the strength, failure strain and crack density 
in Test Case 8. 

 Strength 
MPa 

Tensile 
strain % 

Transverse 
strain % 

Poisson’s 
ratio 

Max crack 
density 

Initial failure 
strain 

Maximum 1225.08 3.87 -0.388 0.461 1.74 1.51 
Minimum 878.4 1.50 -1.78 0.241 0.0043 0.195 

Max/Min Ratio   1.394 2.57 4.598 1.911 400 7.743 
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(a) [0°/-45°/+45°/90°]s   (b) [45°/0°/90°/-45°]s 

Figure 1 Schematics of the quasi-isotropic lay-ups used in Test Case 7 (Left) and Test Case 8 (Right). 
 

 

 
Figure 2 Comparison between the predictions of the various models for Test Case 7 (top) and Test Case 8 (bottom) 
used in the WWFE-III 
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Figure  3  Variations of the crack density with laminate strain for the [0°/-45°/+45°/90°]s 
carbon/epoxy laminate used in Test Case 7: Top graph for cracks in the 90° plies, middle graph for 
cracks in +45° plies and bottom graph for cracks in -45° plies.  
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Figure 4  Bar charts showing (a) failure strain in loading direction, (b) failure strain in the  transverse 
direction, (c) failure stress and (d) maximum crack density predictions for all of the theories used in the 
analysis of the [0°/-45°/+45°/90°]s carbon/epoxy laminate used in Test Case 7.  

(a) 

(b) 

(c) 

(d) 
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Abstract 
In order to to determine the accuracy of current 
theories for predicting failure in polymer composite 
laminates under three-dimensional (3-D) states of 
stress, the authors have organized an activity called 
the Second World-Wide Failure Exercise (WWFE-
II).  This paper provides some of the lessons learnt 
from the second stage (‘Part B’) of WWFE-II. The 
level of maturity and accuracy of the leading 3-D 
failure theories for composites are assessed against 
experimental data and their strengths and 
weaknesses are identified. WWFE-II builds upon the 
process and philosophy developed during the First 
World-Wide Failure Exercise (WWFE) with the 
clear aims of ensuring that the assessment is 
objective, transparent and represents an effective, 
accessible benchmark for use by the composites 
community.  

1. Introduction 
Over the last 20 years, the authors of the paper and 
their colleagues have been leading international 
activities, known as the World-Wide Failure 
Exercises (WWFE), to assess the predictive 
capabilities of current failure theories and their 
limitations and boundaries of applicability. Three 
exercises have been co-ordinated and these are 
known as:  
� The First World-Wide Failure Exercise 

(WWFE)[1], which dealt with in-plane failure 
criteria. 

� The Second World-Wide Failure Exercise, 
(WWFE-II)[2][3], dealing with 3-D failure 
criteria. 

� The Third World-Wide Failure Exercise 
(WWFE-III), addressing damage and continuum 
damage mechanics under in-plane stresses, with 
the presence of stress concentration and cracking 

due to in-plane, bending and thermal loadings. 
The third exercise is described somewhere [4].     

   
The first exercise was launched and coordinated 
between 1996-2004 to deal with benchmarking of 
failure criteria under two dimensional or in-plane 
(2D) loading situations. A total of 15 participating 
groups, who were the originators of 19 different 
methodologies, took part and their failure theories 
were compared with one another and compared 
against 14 sets of experimental data. The results, in 
the form of papers written by the originators of the 
theories, have been published in three special issues 
of an international journal and then assembled into a 
text book[1]. One of the high priority gaps, 
identified in first WWFE, was the need to examine 
the fidelity of failure theories when applied to three-
dimensional (3-D) (i.e. triaxial) states of stress. 
 
The Second World-Wide Failure Exercise (WWFE-
II) was organised by the authors of this paper with 
the objective of extending the assessment of 
predictive failure criteria from 2-D to 3-D states of 
stress, using the same philosophy of ‘blind 
prediction’ that was a central feature of the first 
WWFE. In order to accommodate the ‘blind 
prediction‘ process whilst also allowing contributors 
with the opportunity to modify their theories and 
their predictions in the light of further  experimental 
evidence being made available, the exercise was 
conducted in two  parts, referred to as ‘Part A’ and 
‘Part B’. 
 
Essentially, there is a huge interest, as well as an 
urgent need for an independent evaluation and 
benchmarking of the current failure criteria for 
designing fibre reinforced polymer composite 
laminates under three-dimensional (3-D) loadings. 
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Broadly, that has been driven by two complementary 
realities (a) industries seek quicker life cycles of 
introducing new conceptual and detailed designs of 
components and structures into service and (b)  
manufacturing methods have been improving to 
cope with the wide spread demands on making 
complex shapes and geometries.  With this 
advancement in mind, thicker components are 
frequently encountered and, as a consequence, it is 
inevitable that 3-D stresses are created.  What is 
certain is that design engineers seek to utilise 
reliable and well validated tools as a means of 
achieving ‘right first-time’ design of components 
under general 3-D stresses (i.e. triaxial stresses), 
without resorting to a lengthy and often unnecessary 
process of testing and experimentation.  
Unfortunately, a key question, which remains 
largely unanswered, is how well can the current 
tools and failure models predict 3-D failure in 
composites?.   
 
In WWFE-II, ‘Part A’ ([5] to [19] ) was conducted 
to capture full details of the theoretical models of 
selected leading failure criteria, which were 
developed and implemented by their originators. 
‘Part A’ provided a platform for the participants to 
run their analyses and make blind predictions of a 
set of 12 Test Cases, which were chosen to 
challenge the models to their extremes. A total of 12 
groups representing 12 failure criteria have 
participated, and their methods covered a wide range 
of failure models. A recent special issue of Journal 
of Composite Materials, [2], provided a detailed  
account of ‘Part A’.  
  
The organisers (Kaddour and Hinton) initiated ‘Part 
B’ of WWFE-II after the completion of ‘Part A’, by 
means of a letter and data pack issued to the 
participants, containing the following: 
• Full instructions for participating in ‘Part B’ 

(including a defined format for their ‘Part B’ 
paper submission).  

• Tables and figures of the experimental results for 
each of the test cases defined in ‘Part A’. 

• A description of the pedigree of the experimental 
results and of the material properties provided by 
the organisers.  

 
The results for ‘Part B’ of the WWFE-II are 
contained in another special issue of Journal of 
Composite Materials, Ref[3]. The special issue 
contains the following:   

(a) An introduction, written by the organisers[19], 
(b) A paper giving full description, provided by the 
organisers, of the experimental results and their 
origins for each of the test cases employed in the 
exercise[21],  
(c) Individual papers ([22] to [33]) provided by the 
participants, describing the degree of correlation 
between their individual predictions and the 
experimental data, and a description of any 
refinements in theory introduced to resolve shortfalls 
and  
(d) A final paper, [34], provided by the organisers, 
which contains an assessment of the overall 
predictive capabilities of the various theories when 
compared with the experimental results.  
 
The theories have been assessed and ranked 
according to their abilities to predict the 
experimental results for failure of a plastic polymer, 
unidirectional fibre reinforced lamina and multi-
directional laminates under various 3-D states of 
stress. The assessment has been made to both the 
‘blind’ predictions, submitted in ‘Part A’ prior to 
supplying experimental data, and the modified 
predictions, submitted in ‘Part B’, i.e. after the 
experimental data had been made available. 
 
This paper brings to conclusion both ‘Part A’ and 
‘Part B’ of the WWFE-II.  It gives an account of a 
few selected lessons learnt, the gaps which need to 
be bridged, and how future research activities could 
be carried out to provide validated tools to the 
design community.  

2. Description of Test Cases 
 
The Test Cases analysed in the WWFE-II are listed 
in Table 1. These twelve Test Cases comprise an 
isotropic polymeric material, without reinforcing 
fibres, (Test Case 1), unidirectional laminae (Test 
Cases 2 to 7) and multi-directional laminates (Test 
Cases 8 to 12).  
 
They are concerned with predicting nine ‘tri-axial’ 
failure envelopes (Test Cases 1-3, 5-8, 10-11) and 
three stress-strain curves (Test Cases 4, 9 and 12).  
The Test Cases in WWFE-II (described in Ref[2]) 
have been chosen carefully to stretch each theory to 
the full in order to shed light on their strengths and 
weaknesses. They are focused on a range of 
classical, continuous fibre, laminated, reinforced 
polymer composites subjected, in the absence of 
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stress concentrations, to a variety of triaxial loading 
conditions. The key issues being explored are: 
 
� The means by which the theories distinguish (if 

at all) between the effects of anisotropy and 
heterogeneity.  

� The types of failure mechanism employed and 
the way that each is implemented within any 
given theory.  

� The accuracy and bounds of applicability of each 
theory. 

 
Five types of fibres, covering glass and carbon fibres, 
and five types of matrices were used to make the 
five different unidirectional laminae (E-
glass/MY750, S-glass/epoxy, T300/319, AS 
Carbon/epoxy and IM7/8551-7). Ref [6] provides a 
full listing of the input data describing the 
mechanical and the thermal properties of the 5 types 
of fibres, 5 matrices and 5 unidirectional laminae. 
 
Details of the experimental results used in WWFE-II 
are fully described in Ref[21]. The test results were 
generated by various laboratories around the world, 
over a period of time. 

3. Theoretical models used in WWFE-II 
A total of 12 groups, see Table 2, representing 12 
failure criteria, have participated, and their methods 
covered the following failure models: 
 

• 3-D Maximum strain theory, referred to as 
Bogetti’s model,[13][28]. 

• Micromechanical based Hybrid Mesoscopic 
(MHM) 3-D approach, referred to as Carrere’s 
model, [10][25]. 

• Failure Mode Concept (FMC) model, referred 
to as Cuntze’s model,[18][33]. 

• MicroMechanics of Failure (MMF) model, 
referred to as Tsai-Ha’s model, [12][27]. 

• Multi-Continuum micro-mechanics Theory 
(MCT), referred to as Hansen’s model, [14][29]. 

• Anisotropic plasticity, bridging model and 
constituents’ generalised maximum stress, 
referred to as Huang’s model, [8][23]. 

• Hashin’s model, [17][32]. 
• 3-D physically-based constitutive model, 

referred to as Pinho’s model, [7][22]. 
• Physically based 3-D phenomenological model, 

referred to as Puck’s model, [15][30]. 
• Interactive matrix and fibre failure theory, 

referred to as Rotem’s model, [9][24]. 

• Maximum strain energy method, referred to as 
Wolfe’s model, [16][31]. 

• Christensen’s theory, [11][26]. 
 
It is worth pointing out that the originators of 10 of 
the theories made their own contributions to the 
exercise.  However, two of the theories; namely 
Hashin’s and Christensen’s theories, were not 
directly represented by their originators but by 
colleagues who were able to carry out a thorough 
examination of the models. 
 
In ‘Part B’, the participants took the opportunity to  
make an adjustment and  offered revised predictions 
for a number of the Test Cases.  It was noted 11 of 
the 12 participants made various tuning and that 
Huang made a revision to all the 12 Test Cases. In 
this paper, a distinction will be drawn between 
predictions emanating from the ‘Part A’ submissions 
and those emanating from the ‘Part B’ submissions. 
The theories that were modified in ‘Part B’ are 
marked as ‘Name-B’, e. g. Carrere-B, Cuntze-B, 
Huang-B, etc...  

4. Correlations between models and 
experiments 

Only selected Test Cases are chosen here to 
illustrate some aspects of the correlation between the 
models and the associated experimental results. The 
selected cases are marked in Table (1) and these are 
Test Cases 1, 5 and 12. A full account of the 
correlation between the 12 Test Cases and the 12 
models can be found in Kaddour and Hinton [34].    

Test Case 1: 
This Test Case is related to the behaviour of an 
isotropic polymer material under triaxial loading.  
The material was MY750 epoxy and the task is the 
prediction of failure envelope under the combined 
loading σx versus σz (with σy = σz ).  The stresses 
applied are such that those in y and z directions are 
equal while that in x direction varies proportional to 
that in y direction.  A schematic of the loading 
configurations is illustrated in Figure 1.  Also shown 
in the figure is a comparison between the failure 
envelopes predicted by different contributors and 
test results for this configuration. The envelopes are 
superimposed in order to observe the general 
differences and similarities between the various 
predictions. The ratio between the predicted and 
measured data at one of the stress ratios is depicted 
in the bar chart in figure as a function of the model 
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employed.  

The results show that the majority of the models 
gave seemingly a good correlation with the available 
test data.  However, some of the striking difference: 
 
-All the models but one predicted an enhancement in 
the strength in the compression-compression stress 
space. 
-10 out of 12 of the models predicted open envelope 
under hydrostatic compression and one out of 12 
under hydrostatic tension.   
-The ratio between the predicted and measured data 
varied from 0.27 to 1.9. 

Test Case 5: 
Test Case 5 is concerned with prediction of the 
failure envelope of an E-glass/epoxy unidirectional 
lamina subjected to a set of triaxial stresses, given 
by a wide range of combined σ2 and σ1 (= σ3).  Note 
that σ1 .is applied parallel to the fibre direction, σ3 is 
applied in the through thickness direction and σ2 is 
applied in the transverse direction (see Figure 5).  
 
Figure 2 shows a comparison between the failure 
envelopes predicted by different contributors and 
test results for this configuration. The envelopes are 
superimposed in order to observe the general 
differences between the various predictions. The 
correlation ratio (CR) between the predicted and 
measured data at one of the stress ratios (SR) is 
depicted in the bar chart in figure as a function of the 
model employed. Some of the salient points about 
the results are: 
-All the models predicted an enhancement in the 
strength in the compression-compression stress 
space. 
-Four of the models predicted open envelope under 
hydrostatic compression.  For those closed 
envelopes, the ratio (CR) between the highest and 
lowest theoretical prediction under hydrostatic 
pressure is more than 10.  
-The ratio (CR) between the predicted and measured 
data varied from 0.15 to 2.7. 
 
Comparison between Test Case 1 and 5: 

The same models were employed to predict the 
failure of an isotropic un-reinforced polymer matrix 
material (Test Case 1) and an anisotropic, 
heterogeneous, E-glass/epoxy unidirectional lamina 
(Test Case 5) under triaxial stresses The difference 
between the two cases is that Test Case is for the 

pure resin while Case 5 is for a unidirectional lamina 
with 60% fibre volume fraction, using the same 
matrix as that in Case 1. A quick glance at the 
results of Test Case 1 (Figure 1) and Test Case 5 
(Figure 2) indicate that the majority of the models 
predicted an open envelope for the isotropic 
materials and closed envelope for the composite 
lamina.  Although there are no test data to confirm 
the accuracy of this trend under hydrostatic pressure, 
the assumptions made by some of the models must 
be questionable.    

Test Case 12: 
The Test Case pertains to predicting the through-
thickness compressive stress-strain curves (σz -εz, σz 
-εx and σz -εy) for σy = σx =0 for a multi-directional 
laminate made of carbon/epoxy materials. 

Experimental results for the laminate in Test Case 
12 were obtained from three different specimens (a 
cubic specimen, hollow cylinder specimen and 
waisted (RARDE) specimen).  The results show that 
the specimen’s shape and its dimensions have a 
marked effect on the response of the material.  The 
results from the waisted specimens were used for the 
benchmark study, as the cubic and hollow cylinder 
specimens exhibited an apparent premature failure.  

Comparison with test data for Test Case 12: 

The predicted curves, reported in Ref[34], exhibited 
a number of contradicting features (degree of 
nonlinearity, discontinuity) as well as a wide range 
of values for the strength and ultimate failure strain. 
Some of the theories predicted linear stress strain 
curves (e.g. Hansen) and other predicted nonlinear 
softening behaviour (e.g. Puck, Wolfe, Cuntze-A) 
while other predicted nonlinear stiffening behaviour 
(e.g. Pinho, Cuntze-B and Hashin-B). The 
discontinuities in the curves predicted by Rotem and 
Tsai-Ha-B are caused by the post failure analysis 
implemented in the methods. 

It should be noted here that the nonlinear stiffening 
behaviour in the models used by Cuntze-B and 
Hashin-B was based merely a curve fitting rather 
than a sound physical basis.  

 In order to quantitatively assess the correlation 
between the predictions and the experiments, the 
ratio (CR) between the measured data and the 
predicted data was computed for (a) initial Young’s 
modulus, (b) ultimate compressive strength (c) 
failure strain in the through-thickness direction and 
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(d) ultimate tensile failure strain in the in-plane 
direction.   

The bar charts in Figures 3 show the values of the 
computed ratios plotted against the theory 
designation (name of theory). The same computed 
ratios are also listed in Table 3 where a colour code 
is used. The colour code is as follows: 

-Green represents a ratio (CR) between 0.9 to 1.1. 

-Yellow for a CR between 0.5-0.9 and 1.1 to 1.5.  

-Red for CR smaller than 0.5 and larger than 1.5. 

 

The green colour indicates good correlation between 
theory and experiments while red colour indicates a 
large discrepancy between the theory and the 
experiments.  

The results show a number of striking similarities 
and differences and these are listed below: 

-9 out of the 12 theories were modified in ‘Part B’, 
i.e. upon making the experimental data available.  
Only Bogetti, Puck and Hansen theories were 
unmodified. 

-Three theories (Carrere, Cuntze and Hashin) made a 
substantial amount of revision to the results 
presented in ‘Part A’. As a result, the predictions 
made in ‘Part B’ were much closer to the 
experimental results.  This can be seen by comparing 
the colours of these models in Tables 3 (i) and Table 
3 (ii). 

-The CR for the initial modulus ranged from 0.72 to 
1.06 (CoV=10%) in ‘Part A’ and from 0.82 to 1.13 
(CoV=10%) in ‘Part B’. 

-The CR for the stress at 3% strain ranged from 0.34 
to 0.78 (CoV=22%) in ‘Part A’ and from 0.55 to 1 
(CoV=18%) in ‘Part B’. 

-The CR for the failure stress ranged from 0.18 
(Bogetti) to 3 (Hansen) (CoV=131%) in ‘Part A’ and 
from 0.18 (Bogetti) to 3 (Hansen) (CoV=100%) in 
‘Part B’. 

-The CR for the compressive failure strain ranged 
from 0.2 (Bogetti) to 2.8(Hansen) (CoV=102%) in 
‘Part A’ and from 0.2 (Bogetti) to 2.8 (Hansen)  
(CoV=81%) in ‘Part B’. 

-The CR for the tensile failure strain ranged from 
0.22 (Cuntze) to 1.63(Rotem) (CoV=66%) in ‘Part 
A’ and from 0.18 (Tsai-Ha) to 2.54 (Rotem) 
(CoV=81%) in ‘Part B’. 

-The CR for the Poisson’s ratio ranged from 0.47 
(Bogetti) to 5.9 (Hansen) (CoV=103%) in ‘Part A’ 
and from 0.47 (Bogetti) to 5.9 (Hansen) (CoV=99%) 
in ‘Part B’. 

It can be concluded that the predictions of the 
behaviour of the laminate in Test Case 12 are very 
diverse and hence there is no clear consensus on 
how to predict the strength and deformation under 
through-thickness compression.  

5. Conclusions 

The readers are directed to the extensive analysis 
made in [34] to gain a full appreciation of the status 
of the maturity of current 3-D failure theories.  
There were numerous lessons and some of the 
lessons are listed below: 

1- One of the major philosophical points to emerge 
from WWFE-II is the diversity exhibited between 
the theories as to whether certain failure envelopes 
are ‘open’ or ‘closed’.  For instance theories of 
Puck, Pinho, Hashin, Carrere and Cuntze predicted 
open envelopes (i.e. no failure) under combined 
transverse and through-thickness compressive 
stresses of a UD lamina and also open envelopes for 
a unidirectional lamina and multi-directional 
laminates under hydrostatic pressure.  

2- There was further lack of consensus on whether 
an isotropic polymeric matrix material (Test Case 1) 
should be weaker than a unidirectional lamina made 
of glass/epoxy or carbon/epoxy materials under 
hydrostatic loading.  However, there was insufficient 
experimental data available to provide definitive 
answers on these key points – This remains a critical 
philosophical challenge to future researchers in this 
field ! 

3- The predictions of the behaviour of the laminate 
used in Test Case 12 have exhibited a wide range of 
diversity. Differences between the theories 
themselves were large where the ratio between the 
highest predicted strength (and strain) and lowest 
predicted strength (and strain) was more than 10.   

4- Generally, generating reliable experimental 
results under 3-D states of stress was and remains a 
challenging task.  

5- In a nut-shell, triaxial failure models are still 
largely empirical and do require further development 
and refinement in order to increase their fidelity and 
accuracy and the confidence for use in design 
applications.  However, the WWFE-II has identified 
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strong features in each of the models used and the 
level of accuracy which can be achieved. 
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(a)- A schematic of the loading pattern for Test Case 1 

 

(b) Failure Envelope for Test Case 1 

 

 

(c) A Bar Chart for Test Case 1 

Figure 1 A comparison between the theoretical predictions obtained from different contributors and test results 
for Test Case 1. (a) A schematic. (b) Failure envelope for ‘Part A’. (c) Ratio of predicted to measured strength 

for ‘Part B’ theories. 
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(a)- A schematic of the loading pattern for Test Case 5 

 
 

(b) Failure Envelope for Test Case 5 

 

 
(c) A Bar Chart for Test Case 5 

Figure 2 A comparison between the theoretical predictions obtained from different contributors and test results 
for Test Case 5. (a): A schematic. (b): Failure envelope for ‘Part A’. (c): Ratio of predicted to measured strength 

for ‘Part B’ theories. 
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Figure 3 Bar charts showing the ratio of predicted to measured properties versus theory designation (measured 
property shown at top left hand side corner of each graph). Theories labelled with the letter ’-B’ are those 

modified in ‘Part B’ of the WWFE-II. (Test Case No 12). 
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Table 1 Details of the laminates and loading (test) cases. (Bold text is for the Cases described here in this 
paper)   

Test  

Case 

Laminate lay-up Material  Required Prediction 

1 Polymer  MY750 epoxy σσσσx versus σσσσz (with σσσσy = σσσσz ) envelope 

2 0° T300/PR319 τ12 versus σ2 (with σ1 =σ2 = σ3 ) envelope 

3 0° T300/PR319 γ12 versus σ2 (with σ1 =σ2 = σ3 ) envelope 

4(a) 0° T300/PR319 Shear stress strain curves (τ12-γ12 ) (for σ1 =σ2 = σ3 =-600MPa) 

5 90° E-glass/MY750 σσσσ2 versus σσσσ3 (with σσσσ1= σσσσ3 ) envelope 

6 0° S-glass/epoxy σ1 versus σ3 (with σ2= σ3 ) envelope 

7 0° AS carbon/epoxy σ1 versus σ3 (with σ2= σ3 ) envelope 

8 ±35°  E-glass/MY750 σy versus σz (with σx= σz ) envelope 

9(b) ±35° E-glass/MY750 Stress-strain curves (σy -εx and σy -εy) at σz = σx =-100MPa  

10 (0°/90°/±45°)s IM7/8551-7 τyz versus σz (with σy =σx =0 ) envelope 

11 (0°/90°)s IM7/8551-7 τyz versus σz (with σy =σx =0 ) envelope 

12(c) (0°/90°)s IM7/8551-7 Stress-strain curves (σσσσz -εεεεz, σσσσz -εεεεx and σσσσz -εεεεy) for σσσσy = σσσσx =0 

(a)-Please first apply σ1 = σ2 = σ3 = -600MPa to the lamina. Then apply the shear loading till final failure takes place.  

(b)-Please first apply σy = σz = σx = -100MPa and record the resulting strain values. Then increase the stress σy (beyond -
100MPa) gradually till final failure takes place. Please plot the full stress-strain curves (σy -εx and σy -εy). 

(c)- The lay-up used to obtain experimental data was a quasi-isotropic ((-45°/45°/90°/0°)s) laminate.  

 

Table 2 Details of the participants’ names, their organisations and the approaches represented in WWFE-II. 

I.D. 
No. 

Participants’ Names Organisation Approach represented Theory  
designation 

1 Bogetti, Staniszewski, Burns, 
Hoppel, Gillespie, [13][28]. 

U.S. Army Research Laboratory (USA) 3-D Maximum strain 
theory 

Bogetti 

2 Carrere, Laurin and Maire, [10][25]. ONERA/DMSC (France) Micromechanical based 
Hybrid Mesoscopic 
(MHM) 3-D approach 

Carrere 

3 Cuntze, [18][33].  Retired engineer (Germany) Failure Mode Concept 
(FMC)  

Cuntze 

4 Huang, Jin and Ha, [12][27]. Hanyang University (S Korea) MicroMechanics of 
Failure (MMF) model 

Tsai-Ha 

5 Nelson, Hansen and Mayes, 
[14][29]. 

Firehole Technologies, Wyoming 
University, Alfred University (USA) 

Multi-continuum micro-
mechanics theory (MCT) 

Hansen 

6 Zhou and Huang, [8][23]. Tongji University (China) Anisotropic plasticity 
and generalised max 
stress 

Huang 

7 Kress, [17][32]. ETZ Zurich (Switzerland) Hashin’s model Hashin 
8 Pinho, Darvizeh, Robinson, 

Schuecker, Camanho, [7][22]. 
Imperial College (UK), University of 
Porto (Portugal) 

3-D physically-based 
constitutive model 

Pinho 

9 Deuschle and Kroplin, and Puck* 
and Deuschle, [15][30]. 

Stuttgart University, *retired engineer 
(Germany) 

Physically based 3-D 
phenomenological model 

Puck 
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10 Rotem, [9][24]. Technion University (Israel) Interactive matrix and 
fibre failure theory 

Rotem 

11 Zand, Wolfe, Butalia and 
Schoeppner, [16][31].  

Ohio State University, AFRL, Wright-
Patterson, AFB, Ohio (USA) 

Modified maximum 
strain energy method 

Wolfe 

12 Ye and Zhang, [11][26].  Lancaster University, Manchester 
University (UK) 

Christensen’s theory Christensen

 

 

Table 3 A summary of ratios (CR) between predicted and measured data for Test Case 12.  Both ‘Part A’ and 
‘Part B’ theories are shown.  The green colour is for ratios between 0.9 and 1.1, the yellow for 0.5-0.9 and 1.1-
1.5 and red for ratios less than 0.5 or above 1.5.  

(i) ‘Part A’ theories 
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Failure strain  ε_x   (*)  0.66 0.22 0.27 0.48 0.53 0.52 1.03 0.40 1.63 0.33 0.59 
Failure strain  ε_z  (*)  0.52 0.53 0.23 2.86 0.55 0.63 0.56 0.38 1.78 0.54 0.34 
Poisson’s ratio  (*)  0.78 2.41 0.86 5.92 1.04 1.20 0.54 0.95 1.09 1.65 0.58 
Strength  (*)  0.35 0.45 0.29 3.00 0.51 0.44 0.36 0.34 0.30 0.48 0.30 
Initial modulus  (*)  1.06 0.89 0.81 0.85 0.95 0.87 0.89 0.96 0.76 0.72 0.87 
Stress at 3% ε  (*)  0.78 0.69 0.64 0.72 0.75 0.34 0.78 0.75 0.41 0.68 0.73 
Secant modulus  (*)  0.45 0.19 0.33 0.51 0.49 0.36 0.67 0.35 0.27 0.29 0.52 

 (*) means not provided 
 

(ii)  ‘Part B’ theories 
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Failure strain  ε_x 0.43 0.91 1.14 0.18 0.58 1.12 0.55 2.54 0.40 0.59 
Failure strain  ε_z 0.20 0.80 1.32 0.64 0.38 1.14 0.49 2.10 0.46 0.96 
Poisson’s ratio 0.47 0.87 1.16 3.60 0.64 1.01 0.89 0.83 1.15 1.64 
Strength 0.18 0.57 1.44 0.64 0.35 1.01 0.97 0.41 0.40 0.85 
Initial modulus 0.95 1.13 0.89 0.81 0.93 0.87 0.89 0.82 0.85 0.87 
Stress at 3% ε 0.55 0.94 1.00 0.64 0.81 0.96 0.68 0.69 0.69 0.73 
Secant modulus 0.38 0.65 1.24 0.18 0.55 0.99 1.08 0.49 0.35 0.52 
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1 Introduction  
 
Equi-biaxial tension tests have been performed on 
isotropic and anisotropic magneto-rheological 
elastomers (MREs), a smart material whose 
mechanical properties can be instantaneously 
changed by applying a magnetic field.  
MREs are a novel material with promising 
properties. The material has been tested in the small 
strain regime under various deformation modes [1-5] 
and there are a few applications developed 
employing MREs [1,3,6-8]. But there is still a lack 
of knowledge about large deformation performance 
of these smart materials. Uniaxial compression, 
tension and simple shear tests have been performed 
up to considerable large deformations [5,9-12], but a 
combination of different deformation modes is 
required to develop constitutive models. Biaxial tests 
on MREs have not yet been performed but are 
essential for developing and evaluating constitutive 
models. 
A bespoke test rig was designed to facilitate testing 
of MREs under equi-biaxial deformations using a 
standard universal test machine. Samples were 
stretched to deformations of up to 10% strain. A 
digital image correlation (DIC) system was used to 
measure strains. A magnetic field of 66.5mT was 
applied to examine the change in stiffness of the 
specimens. The magneto-rheological (MR) effect is 
determined by calculating the tangent modulus as a 
function of engineering strain. 

2 Experiments 

2.1 Manufacturing of MREs  

The MREs were manufactured using a silicone 
rubber (MM240TV from ACC Silicones) mixed 
with 30% silicone fluid (ACC34 from ACC 
Silicones) to reduce viscosity and stiffness of the 
final rubber. Carbonyl Iron Powder (CIP-SQ from 

BASF) with an average particle diameter of 4µm 
was used as the magnetic particulate phase of the 
composite. The volume fraction of the particles was 
varied from 0 to 30%. All MREs were cured for 1.5 
hours at 100°C. Anisotropic samples were cured 
inside a magnetic field of 400mT to achieve 
alignment of particles. The MRE samples were 
square sheets with a length of 50mm and a thickness 
of 2mm. 

2.2 Test setup and procedure 

A special test rig, designed in accordance with the 
British Standard [13], was manufactured to perform 
equi-biaxial tension tests using a universal test 
machine (Zwick Z250). The rubber sheets were held 
by three clamps on each side of the specimen; the 
clamps were free to slide along the frame as the test 
proceeded. To reduce friction and avoid any 
magnetisation, the rig and the sliding clamps were 
made of Teflon. The clamps for holding the rubber 
were made of aluminium and brass screws. An 
image of the test setup with permanent magnets 
parallel to the particle alignment for anisotropic 
samples is shown in Figure 1.  
MREs undergo the stress softening behaviour known 
as the Mullins effect; an effect that is typical for all 
rubber materials [14,15]. As such, 4-cycles were 
used to precondition the specimens. Mean values 
and standard deviations of the third loading cycle 
were used to compare and interpret results.  All tests 
were displacement controlled. The machine 
crosshead moved a total displacement of 10mm 
upwards at a rate of 10mm/min and the force in the 
vertical direction was recorded. 
A digital image correlation system (3D-DIC System 
Limess) was used to determine strain. A random 
white speckle pattern was sprayed onto the samples 
and a series of images was taken during the test in 
order to calculate strains. 
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Fig 1: Test rig for equi-biaxial tension tests, permanent 

magnets and particle alignment of anisotropic 
MRE samples in y-direction. 

 
The magnetic field was produced with strong 
permanent magnets (N52 Neodymium Magnets); 
two magnets were placed on each side of the test rig 
in order to create a magnetic field orientated parallel 
and perpendicular to the particle alignment (see 
Figure 1). Because of the large distance between the 
magnets a magnetic strength of only 66.5mT was 
possible.  
 

3 Experimental Results 

3.1 Load-Displacement  

Load and displacement in the vertical direction 
recorded by the universal test machine from the third 
loading cycle, both with and without the magnetic 
field, are shown in Figures 2 and 3.  
The increase in stiffness when applying a magnetic 
field can be clearly seen (dashed lines in Figure 2). 
For anisotropic MREs, the magnetic field has been 
applied in two directions; both parallel and 
perpendicular to the particle alignment. Both 
magnetic field tests lead to very similar results 
(dashed and dotted lines in Figure 3). The MR effect 
appears to be at its highest for the isotropic and 
anisotropic MREs filled with 20% iron volume 
fraction. 
 

 
Fig 2: Load-Displacement curves of Pure Rubber and 

Isotropic MREs with 10, 20 and 30% iron 
volume fraction. Tests without (solid line) and 
with magnetic field applied in the x-direction 
(dashed line). 

 

 
Fig 3: Load-Displacement curves of anisotropic MREs 

with 10, 20 and 30% iron volume fraction. Tests 
without (solid line) and with the magnetic field, 
applied in both the y-direction (dashed line) and 
the x-direction (dotted line). 

3.2 Digital Image Correlation (DIC)  

A DIC system has been used to measure the strain 
distribution throughout the sample. Samples were 
sprayed with a white-paint speckle pattern and a 
series of images was recorded. VIC-3D software was 
used to perform correlation analysis. The software 
compares each image pattern in order to calculate 
displacements and the resulting strains. To double 
check results a grid was also drawn onto the samples 
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to enable manual calculation of strains by pixel 
measurement. These manual strain measurements 
were found to be in good agreement with the DIC 
results. The strain field along the x-direction of a 
pure rubber sample is shown in Figure 4. 
 

 
Fig 4: Engineering Strain of Pure Rubber under equi-

biaxial tension, maximum strain in x-direction of 
the 3rd upload part, obtained from the DIC 
System Limess. 

 
The strain field data shown in Figure 4 had to be 
processed. At first, the strain matrix was rotated for 
easier handling. A confidence interval provided by 
the DIC system was used to filter out unreliable 
strain values. Borders of the DIC strain field were 
cut, as strains close to the edges of the sample were 
either too high or too low due to the clamping of the 
MRE samples; 70% of the strain field area was kept. 
The remaining strain field is shown in Figure 5. 
As seen in Figure 5 the strain field within the 
selected area is nearly uniform with strain values 
ranging from about 8.6 to 10.2%. An average strain 
value for the DIC-produced strain field in this area 
was calculated and plotted against the time when the 
images were taken. This procedure was used for 
strains in both the x and y directions. Results of the 
4-cycle test are plotted in Figure 6. 
Linear fits to the strain versus time data (fitted 
separately to the loading and unloading cycles) 
shown in Figure 6, are used to convert displacement, 
provided by the test machine, to strain values 
provided by the DIC system. As expected, strain 
values in both directions are nearly identical. This 
was also found to be the case for both the 
anisotropic MRE samples and when applying the 

magnetic field.  The identical strain in both 
directions implies that the biaxial test rig is stiff 
enough to make a rigid body assumption when 
analysing the data. 
  

 
Fig 5: Engineering Strain of Pure Rubber under equi-

biaxial tension, maximum strain in x-direction of 
the 3rd upload cycle, the strain matrix was 
rotated, unreliable values eliminated and borders 
cut 

 

 
Fig 6: Engineering Strain of Pure Rubber in both 

stretching directions versus time, the complete 4-
cycle test is illustrated. 

3.3 Stress Calculation  

The rigid body biaxial frame moves 10mm upwards 
in the vertical direction. This movement imposes a 
strain and therefore a stress within the MRE 
samples. A linearly distributed force across the 
length, w, is assumed in order to simplify the 
analysis, as shown in Figure 7.  
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Fig 7: Structural system used to calculate the stresses in 

the stretching directions. The test rig is assumed 
to be a rigid body moving upwards causing a 
strain and stress within the MRE samples. 
Frictionless clamps are assumed. 

 
The sliding clamps are assumed to be frictionless; 
forces along the frame axes are zero. Equilibrium is 
used to find the equation for the force, P, measured 
by the load cell of the test machine and for the 
stresses in both stretching directions, σx and σy. The 
structural system is illustrated in Figure 7. To 
calculate the stresses for an isotropic MRE sample 
where no magnetic field is applied is fairly straight 
forward. Analysis becomes more difficult for the 
case of the anisotropic samples and when a magnetic 
field is applied. Various assumptions are made in 
order to conduct the analyses, the validity of these 
assumptions is examined in Section 3.4. Five 
different cases can be distinguished:  
 
I Isotropic MREs tested without a magnetic 

field 
 
The properties are the same for both the x and y 
directions. The stresses within the MRE sample can 
be calculated with 

𝜎! =   𝜎! =
!!
!∙!∙!

  (1) 

where t is the thickness and w the width of the 
sample. The vertical force recorded by the test 
machine is Pv.  
 

II Isotropic MREs tested with magnetic field 
applied in the x-direction 

 
The magnetic field is assumed to change the 
properties of the MRE sample only in the x-
direction. The stress in y-direction is assumed to 
remain the same as in Case I and is calculated using 
the mean value of the vertical force Pv recorded from 
the isotropic MRE samples when tested without a 
magnetic field, defined as PIso,NoField. 

𝜎! =
!!"#,!"#$%&'

!∙!∙!
  (2) 

𝜎! =   
!!!

!!"#,!"#$%&'
! ∙ !

!∙!
  

(3) 

 
III Anisotropic MREs with particle alignment in 

y-direction tested without magnetic field 
 
In this case, in order to determine σy and σx, 
assumptions have to be made. From previously 
reported uniaxial tension tests [16], the anisotropic 
MRE samples are known to be stiffer in the direction 
of particle alignment, σy >> σx.  Stress versus 
displacement curves of the uniaxial tension tests are 
shown in Figure 8. In this and in all subsequent 
figures, the full length of the error bars indicates 
twice the standard deviation of the repeat results. 
 

 
Fig 8: Stress-Displacement curves of uniaxial tension 

tests, Isotropic (I) and Anisotropic MREs with 
particle alignment along (A) and perpendicular to 
(AW) loading direction. 
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The relative stress factor between stresses of 
anisotropic samples with alignment in the loading 
direction, σA, and perpendicular to the loading 
direction, σAW, is used to evaluate the relationship 
between σx and σy in the biaxial tension tests. 

𝑓 𝑑 =    !! !
!!" !

= !!
!!

  (4) 

Mean values from three repeated tests are taken to 
calculate the relative stress factor, plotted versus 
displacement in Figure 9. The equilibrium condition 
is used to calculate stress in both stretching 
directions 

𝜎! =   
!∙!!

!∙!∙ ! ! !!
  (5) 

𝜎! =   
!∙!!∙! !

!∙!∙ ! ! !!
  (6) 

 
Fig 9: Relative stress factor f(d) between anisotropic 

MREs with alignment in (A) and perpendicular 
to (AW) the loading direction tested in uniaxial 
tension. Note that the stress factor tends to 
infinity for small strain. Values below 2% strain 
are unreliable.  

 
This method of using the relative stress factor, 
obtained from uniaxial tension tests, provides a 
means to perform a first approximate analysis of the 
biaxial test data. Constitutive models in combination 
with finite element analysis will be used to improve 
the analysis in future. 
 

IV Anisotropic MREs with particle alignment in 
y-direction, tested with the magnetic field 
also in the y-direction 

 
The magnetic field is assumed to change the 
properties of the MRE sample, only in the y-
direction. The stress in x-direction is assumed to stay 
the same as in Case III and is calculated with the 
mean value from three repeated tests. The vertical 
force Pv is taken from the anisotropic MRE samples 
tested without the magnetic field, defined as 
PAniso,NoField. 

𝜎! =   
!∙!!"#$%,!"#$%&'
!∙!∙ ! ! !!

  (7) 

𝜎! =   
!

!∙!
𝑃! −

!!"#$%,!"#$%&'
! ! !!

  (8) 

 
 
V Anisotropic MREs with particle alignment in 

y-direction tested with magnetic field in x-
direction 

 
The properties of the MRE sample are assumed to 
change only in the x-direction. The stress in y-
direction is assumed to stay the same as in Case III, 
and is calculated using the mean value of the vertical 
force PAniso,NoField, defined and used already in Case 
IV. 

𝜎! =   
!∙!!"#$%,!"#$%&'∙!(!)

!∙!∙ ! ! !!
  (9) 

𝜎! =   
!

!∙!
𝑃! −

!!"#$%,!"#$%&'∙!(!)
! ! !!

  (10) 

3.4 Validation of assumptions 

To calculate MR effects the magnetic field is 
assumed to change properties of the MRE material 
only in the direction of action. To discuss the 
validity of this assumption, numerical predictions 
within the region occupied by the MRE sample were 
made. The multi-physics finite element software 
COMSOLTM AC/DC was used. The three-
dimensional model of the two permanent magnets 
placed on either side of the sample, at a separation 
distance of 140mm is illustrated in Figure 10. 
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Fig 10: Three-dimensional model in COMSOLTM, 

symmetry conditions are applied 
 
The model is validated with experimental 
measurements of the magnetic induction at various 
positions using a Gaussmeter (Bell 5180). The 
magnetic flux density BZ (along direction of action) 
and BX (perpendicular to direction of action) is 
calculated for isotropic permeabilities ranging from 
µ=1 to µ=5. Earlier magnetic field measurements 
resulted in a permeability value of µ = 3.8 for an 
isotropic MRE with 30% volume particle concentra-
tion [17], which means the permeabilities considered 
here are within the range of those determined for 
real MRE material. Contour plots of the magnetic 
strength within the area of the MRE sample are 
plotted in Figure 11 (µ = 1) and 12 (µ = 5). 

 
Fig 11: Magnetic Flux Density B [mT] within the area of 

the MRE sample, isotropic permeability µ = 1, 
left) BZ – Average value BZ,mean = 66.5 mT,  
right) Bx – Average value BX,mean = 4.1mT 

 

 
Fig 12: Magnetic Flux Density B [mT] within the area of 

the MRE sample, isotropic permeability µ = 5, 
left) BZ – Average value BZ,mean = 280.6 mT,  
right) Bx – Average value BX,mean = 16.1mT 

 
The magnetic flux in the x-direction is small 
compared to that in the z-direction. Factors between 
the average values of BZ and BX are calculated for 
each isotropic permeability and are listed in Table 1. 
 

 µ = 1 µ = 2 µ = 3 µ = 4 µ = 5 
BZ [mT] 66.5 126.1 181.2 232.5 280.6 
BX [mT] 4.2 7.7 10.8 13.6 16.1 
BZ / BX 16.0 16.4 16.8 17.1 17.5 
Table 1: Average Magnetic Flux Density BZ and BX [mT] 

within the area of the MRE sample and factor 
BZ/BX for isotropic permeability µ = 1 to µ = 5  

 
For isotropic MRE samples the magnetic flux 
density in x-direction is less than 1/16 of the flux 
density in z-direction regardless of permeability. The 
magnetic field and therefore the MR effect in the x-
direction is considered to be small enough to be 
neglected, validating the original assumption, at 
least for isotropic samples. 
The analysis is more complicated in the case of 
anisotropic MRE samples. Also the permeability of 
those samples has to be considered as anisotropic 
which could lead to higher magnetic induction in x-
direction for samples with particle alignment 
perpendicular to the magnetic field direction. 
Predictions in COMSOLTM were made to calculate 
the factor BZ / BX (mean values are used) for 
different permeabilities, µx, in the horizontal 
direction and µz in vertical direction; results are 
illustrated in Figure 13.  

ICCM19 1958



 

7  

THE BEHAVIOUR OF MAGNETO-RHEOLOGICAL ELASTOMERS UNDER EQUI-BIAXIAL TENSION 

 
Fig 13: The volume averaged factor BZ / BX [-] in the 

specimen versus the magnetic permeability in the 
z-direction (co-incident with applied induction 
field) for different values of permeability in the x 
direction (perpendicular to the applied induction 
field). Values of the latter are provided in the 
figure legend.    

 
The magnetic flux density in the horizontal direction 
is even smaller for MRE material with particle 
alignment in the magnetic field direction (µz > µx). 
However the factor BZ / BX approaches just 1 as the 
ratio µx / µz = 5 (see Figure 13). Given that  magnetic 
field measurements from [17] suggested µx = 4.5 and 
µz  = 1 for MRE samples with 30% volume particle 
content with particles aligned perpendicular to the 
magnetic field, it can be concluded that the magnetic 
field assumption is a poor approximation for such 
cases. In future, magnetic field predictions will be 
used to calculate the MR effects more accurately. 
To calculate stresses for anisotropic MRE samples, 
the stress factor f(d) obtained from earlier uniaxial 
tension tests [16] is used. The procedure was 
described in Section 3.3 Case III. As seen in Figure 
9 the stress factor tends to infinity for small strain 
values as the stresses are zero for zero strain. It 
should therefore be noted that the method of using a 
stress factor, f(d), to interpret data can introduce 
significant errors for low strains and so small strain 
results, lower than 0.02 are considered to be less 
reliable than the data at higher strains.   
3.5 MR Effect of Isotropic MREs 

The procedures to calculate strains and stresses 
(Section 3.2 and 3.3) have been implemented in 
MATLABTM. Resulting stress-strain curves of 
isotropic MRE samples are shown in Figure 14 and 
15. Mean values from at least three repeated tests on 

different specimens using the third loading cycle 
have been used.  

 
Fig 14: Stress versus strain in x-direction of Pure Rubber 

and Isotropic MREs with 10, 20 and 30% of iron 
particles. Tests without (solid lines) and with a 
magnetic induction of 66.5mT in x-direction 
(dashed lines) are compared 

 

 
Fig 15: Stress versus strain in y-direction of Pure Rubber 

and Isotropic MREs with 10, 20 and 30% of iron 
particles, Tests without (solid lines) and with a 
magnetic induction of 66.5mT (dashed lines) are 
compared, stress in y-direction is not influenced 
by the magnetic field 

 
In case of the isotropic MRE samples, a magnetic 
induction of 66.5mT has been applied in the x-
direction. As described in Case II (Section 3.3) the 
stress in y-direction is assumed to be the same for 
tests with and without magnetic field. The magnetic 
field is assumed to change the properties in the 
direction of the field only. As the material behaviour 
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is non-linear the tangent moduli are best plotted as a 
function of strain; 1% strain increments are used to 
calculate the moduli. The results in the x-direction 
with and without magnetic field are illustrated in 
Figure 16. 
 

 
Fig 16: Tangent Modulus versus strain in x-direction of 

Pure Rubber and Isotropic MREs with 10, 20 
and 30% of iron particles, Tests without (solid 
lines) and with a magnetic induction of 66.5mT 
in x-direction (dashed lines) are compared, 
Tangent Moduli are calculated with 1% strain 
increments 

 
Tangent moduli in y-direction are identical to those 
in the x-direction when tested without a magnetic 
field, as the material is isotropic (not illustrated 
here).  
The relative MR effect is directly calculated from 
the tangent moduli and is defined with 

𝑀𝑅!"# =
!!
!!

  (11) 

where MRrel is the relative MR effect, EM is the 
tangent moduli of tests with the magnetic field and 
E0 is the moduli of tests without the magnetic field. 
The relative MR effect in both directions is plotted 
in Figure 17, where the effect in the y-direction is 
around one. 
The Isotropic MREs with 20% iron volume fraction 
shows the largest increase in moduli, by up to 45% 
in the small strain region. The MR effect is still 
high, at about 1.25 at 9% strain. This is a very good 
result considering the small magnetic induction of 
just 66.5mT. Also, isotropic samples with 10% iron 

volume fraction demonstrate a reasonably high MR 
effect of 1.3 at small strains. 

 
Fig 17: Relative Magneto-Rheological (MR) Effect 

versus strain of Pure Rubber and Isotropic MREs 
with 10, 20 and 30% of iron particles, Magnetic 
field is applied in x-direction 

 
Results on pure rubber indicate an experimental 
error of about 15%. This error is possibly due to 
clamping issues due to for example, neglecting 
friction of the sliding clamps. Errors are also 
possible due to the DIC strain measurement 
technique. Isotropic MREs with 30% iron particles 
show only an MR effect of 1.1. This is an 
unexpected result as MRE samples with 30% iron 
volume content tested under compression and 
tension did show high MR effects [16]. 

3.6 MR Effect for Anisotropic MREs 

Analogous to Section 3.5, stresses, tangent moduli 
and MR effect versus engineering strain of 
anisotropic MRE samples are presented in this 
section. The stress values in the directions of stretch 
for anisotropic MREs are calculated using the 
relative stress factor determined using uniaxial 
tension tests, as described in Section 3.3 for Case III.  
Anisotropic samples have been tested with magnetic 
field parallel (y-direction) and perpendicular (x-
direction) to the particle alignment direction. Stress-
strain curves in the magnetic field direction are 
shown in Figure 18 and 19.  
Note that the stress-strain curves of anisotropic 
samples in the x-direction (particle alignment 
perpendicular) have a low stress in the small strain 
region, up to 2% strain (see Figure 19) while the 
stress-strain curves in y-direction (particle alignment 
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parallel) start with a very steep slope (see Figure 
18).  

 
Fig 18: Stress versus strain in y-direction of anisotropic 

MREs with 10, 20 and 30% of iron volume 
fraction. Tests both without (solid lines) and with 
a magnetic induction of 66.5mT parallel to the 
particle alignment in y-direction (dashed lines) 
are compared. 

 

 
Fig 19: Stress versus strain in x-direction of anisotropic 

MREs with 10, 20 and 30% of iron volume 
fraction. Tests both without (solid lines) and with 
a magnetic induction of 66.5mT perpendicular to 
the particle alignment in x-direction (dashed 
lines) are compared. 

 
The tangent moduli, calculated with 1% strain 
increments, are illustrated in Figure 20 and 21. The 
tangent moduli in the x-direction for tests conducted 
without the magnetic field (see Figure 21) show very 

low moduli in the small strain region. The moduli in 
the x-direction are possibly underestimated as a 
result of the analysis technique (due to the stress 
factor shown in Figure 9). The resulting relative MR 
effect could be overestimated. 
 

 
Fig 20: Tangent modulus versus strain in y-direction for 

anisotropic MREs with 10, 20 and 30% iron 
volume fraction. Tests both without (solid lines) 
and with a magnetic induction of 66.5mT parallel 
to the particle alignment in y-direction (dashed 
lines) are compared. 

 

 
Fig 21: Tangent modulus versus strain in x-direction of 

anisotropic MREs with 10, 20 and 30% iron 
volume fraction. Tests both without (solid lines) 
and with a magnetic induction of 66.5mT 
perpendicular to the particle alignment in x-
direction (dashed lines) are compared. 
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The relative MR effects calculated using equation 
11, in the magnetic field direction are illustrated in 
Figure 22. 
 

 
Fig 22: Relative Magneto-Rheological (MR) effect 

versus strain of anisotropic MREs with 10, 20 
and 30% iron volume fraction with the applied 
field parallel and perpendicular to the particle 
alignment 

 
The anisotropic MREs with 20% iron volume 
fraction and with the magnetic field applied 
perpendicular to the particle alignment show the 
highest relative increase. Note that values below 2% 
strain are not considered to be very reliable. But still 
there is a 50% increase in moduli when applying a 
magnetic strength of 66.5mT, up to large strains of 
9%. Varga found the ‘most significant effect if the 
applied field is parallel to the particle alignment and 
to the mechanical stress’ [11]. As discussed in 
section 3.4 the assumption that the magnetic field is 
only changing the properties of the material in the 
direction of action is a poor approximation in the 
case of perpendicular applied magnetic field. In 
future the MR effects will be calculated more 
accurately. All other MRE samples demonstrate a 
relative increase in moduli of about 10%. This is 
lower than the effects seen in the isotropic MREs 
when a field of 66.5mT is applied. 

4 Conclusions 

Equi-biaxial tension tests have been performed on 
Magneto-Rheological Elastomers (MREs). A special 
test rig has been designed to enable testing on a 
universal test machine. Two permanent magnets on 
each side of the test rig created a magnetic flux 

density of 66.5mT. Tests on isotropic and anisotropic 
MREs with magnetic field parallel and 
perpendicular to the particle alignment direction 
were performed. A digital image correlation (DIC) 
system was used to evaluate strains. To calculate 
stresses in the two stretching directions, several 
assumptions were made: 

1) Frictionless clamps; forces along the frame 
axes are zero. 

2) The magnetic field changes the properties of 
the material only in the direction of the field. 

3) In the case of anisotropic MRE samples it is 
assumed that the relation between stresses 
parallel and perpendicular to the particle 
alignment can be calculated with a relative 
stress factor taken from uniaxial tension 
tests. 

The validity of assumption 2 and 3 is discussed in 
section 3.4. Tangent moduli are calculated from the 
stress-strain data using 1% strain increments. 
Relative magneto-rheological (MR) effects are 
defined as a relative factor between tangent moduli 
of tests with and without magnetic induction; they 
are plotted versus engineering strain. 
Isotropic MREs with 20% iron volume fraction 
show a very high increase in moduli due to an MR 
effect of about 45%. This steadily decreases down to 
about 25% at larger strains of 9%. The moduli of 
anisotropic MREs with the same content of iron 
increase about 50% at large strains. Other MRE 
samples show lower MR effects. The moduli of 
isotropic samples with 10% iron increase about 30% 
in the small strain regime. Unexpectedly the samples 
with 30% iron content show nearly no MR effect. 
The results of biaxial tension tests confirm the 
promising properties of MRE materials. MR effects 
are present in the small strain regime but also in 
larger strains.  
To put these results into perspective, previous 
testing by the author on the same material under 
compression revealed a 60% MR effect when high 
magnetic intensities of 400mT were applied. Even 
higher MR effects of 400% due to a magnetic 
induction of 280mT were found when stretching 
MRE samples up to 50% tensile strain. In both cases 
MR effects were highest in the small strain regime 
[16].Other researchers have found similar effects. 
Varga and Filipcsei [11] reached 75% increase in 
moduli under compression when applying 400mT to 
an anisotropic MRE with particle alignment parallel 
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to the magnetic field. Farshad [10] achieved 140% 
increase of the compressive modulus for isotropic 
MREs. Shen [18] tested MREs under simple shear 
up to 80% strain and found 60% increase in moduli 
when applying 400mT. Generally, the greatest MR 
effect was measured at low stains and tended to 
decrease with increasing strain.  
Thus, considering the low magnetic induction of 
66.5mT applied during biaxial tension tests the 
achieved MR effects can be considered to be high. 
This preliminary investigation into the use of this 
biaxial test was very informative and indicated the 
test could be a useful addition to the test methods 
currently used to characterise MREs. However, 
several improvements to the test can be suggested 
for future implementation. In particular using a 
torque load-cell in addition to the used uniaxial load-
cell would make assumptions for stress distribution 
in anisotropic MRE samples and assumptions for the 
magnetic field unnecessary and improve the 
accuracy of the resulting data. A method of 
improving the clamping mechanism should be used 
to avoid unwanted boundary effects near the edge of 
the samples.  
The experimental data of biaxial tests together with 
the uniaxial tests and the pure shear tests performed 
earlier will be used to develop constitutive models 
using the phenomenological approach in future. 
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1 Introduction  
The automotive industry needs to reduce the weight 
of vehicles for environmental and economical 
purposes. One expected way to reach this goal is to 
use reinforced thermoplastics for the design of 
mechanical structures because of their high ratio 
“fatigue strength / density” compared with metallic 
materials. During its life, each automotive 
component can be submitted to repeated loadings 
with variable amplitude. As in service failures must 
be avoided, fatigue characterization is necessary to 
optimize the design of thermoplastic parts. 
A specific methodology for multiaxial fatigue life 
assessment of injection-molded components was 
previously proposed to this aim [1]. The latter, 
called ‘Through Process Modelling’ (TPM), allows 
linking the injection process simulation to the 
fatigue life assessment with a fatigue criterion, 
through the estimate of heterogeneous local 
anisotropic properties due to variable fibre 
orientation. One of the major advantages of such an 
approach is to account for microstructure orientation 
influence, due to injection process, on fatigue life. 
The relevance of the TPM has been discussed by 
using as a reference a large multiaxial fatigue 
database for PBT-PET GF30 and PA66 GF35 
involving in each case different type of injection- 
molded samples and various fatigue loadings 
(tension, torsion, combined tension-torsion, pure 
shear with two load ratios). Very good results were 
obtained for both materials with an energetic fatigue 
criterion using only one S-N line for the 
identification. 

For further correct employment of the TPM in the 
case of industrial parts for which the complexity of 
the geometry and induced microstructure may 
generate important stress-strain gradients, notably in 
the plane of the part, it is first essential to evaluate 
the TPM for injected notched specimens. This is the 
aim of the present paper with special attention paid 
on the following open issue: how to compute the 
equivalent mechanical property required by the 
fatigue criterion in the presence of high stress-strain 
gradients? 
 

2 Injection-molded notched samples and fatigue 
tests  
The studied material is PA6 GF30, (Polyamide 6 
with 30% mass short glass fibres). Notched samples 
have been injection-molded using two different 
injection gates (longitudinal and side) as depicted in 
Fig. 1. In each case, three different notch radius 
values are considered: 0.5 mm, 1 mm and 2 mm.  
The parameter wall thickness is 3.2 mm for all 
specimens. All specimens are conditioned using 
standard conditions of 23°C and 50% relative 
humidity. 
Every type of notched specimens is submitted to 
tensile fatigue tests with a load ratio of R= 0.1. The 
tests are force controlled and the signal wave force is 
sinusoidal. The frequency is 4 Hz. Results allow 
checking the respective influences of the notch 
severity and of the injection direction on the fatigue 
life in these loading conditions, and establishing a 
first database for the evaluation of the TPM in the 
presence of local field concentrations.  
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3 Through Process Modelling 

3.1 Short description of the original version 

Fig. 1 presents the methodology as proposed by [1] 
for injected components. From the geometry of the 
part (1), the process simulation with Moldflow® is 
performed (2) and provides the fibre orientation 
tensor at each point of the part. The following step 
(3) uses the orientation tensor in order to estimate 
(with Digimat®) local effective properties and then 
compute (with Abaqus®) the stress-strain response 
as a function of local anisotropy. Mechanical fields 
thus obtained as a function of fibre orientation are 
used as input data for the application of a fatigue 
criterion in the last step (4). In such a methodology, 
the fatigue criterion to be used and the way to 
compute this criterion have to be chosen by the user. 
For the first application of the TPM to un-notched 
samples, mechanical fields were averaged over the 
thickness of each shell element and the criterion 
applied for each element. The fatigue life of the 
sample was the lowest one observed over all the 
elements. Different fatigue criteria using only one S-
N line for the identification were compared. The 
energetic criterion due to [2] was shown to give very 
good results. 

3.1 Improvement for notched samples and 
evaluation 

In the present work dealing with the TPM 
application to notched specimens, the energetic 
criterion due to [2] is maintained. Nevertheless, if 
the averaging process over the thickness of each 
element was relevant for un-notched specimens for 
which mechanical field gradient was mainly due to 
the variation of the microstructure in the thickness, 
the presence of the notch induces field gradients 
both in the plane and in the thickness of the samples. 
As a consequence, a specific volume averaging 
process of mechanical fields taking into account 
both types of gradients (in the plane and in the 
thickness) is proposed. The simulated fatigue lives 
resulting from the TPM with both averaging 
processes (previous and new ones) are compared to 
the experimental fatigue lives showing the efficiency 
of the new way to compute the criterion. The results 
mark a meaningful step allowing envisioning the 
application of the TPM to industrial parts as a short 
prospect. 

Moreover, the observation of the profiles of the 
orientation tensor resulting from the process 
simulation (for each notch radius and injection 
direction) allows a better understanding of the 
origins of the field gradients (influences of the 
severity of the notch for a given injection direction 
and of the microstructure orientation for a given 
notch radius). This allows progressing in the 
analysis of the experimental fatigue lives in the 
presence of gradient effects. 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
Fig. 1 Injected notched samples (left),  

Through Process Modelling (TPM) by [1] (right). 
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Abstract 

An increasing number of outdated floors will need to 

be renovated in the coming years. Existing floor 

solutions with stay-in-place formworks are often 

composed of heavy elements which complicate their 

applicability in renovations. To meet this increasing 

demand and allow at the same time manoeuvrability 

and a facilitation of the construction process, we 

designed a new lightweight floor solution. 

 

This paper describes the conceptual design and a 

preliminary calculation to check the structural 

feasibility. Composite-concrete beams with 

sandwich panels in between are the main 

components of a floor system which weighs 34% 

less than traditional beam and block systems and 

stays under the deflection requirements of L/250. 

This paper proves the potential of composite 

materials in floor slabs and even more the suitability 

of this lightweight concept for renovation purposes. 

 

1 Introduction  

Renovation and reconversion are a growing activity 

within the construction industry. The urban 

population growth in the years ahead will only 

stimulate people even more to renovate outdated 

buildings. The patrimony of cities already consists 

of a high number of outdated buildings, which 

cannot provide adequate housing functionalities and 

are often vacant. The renewal of the existing 

patrimony can be done in two ways: construction of 

new buildings or renovation of outdated buildings. 

The renovation of existing buildings to adequate 

housing is (i) the fastest way to provide available 

housing, and (ii) a far more sustainable option than 

new construction: the re-use of most of the existing 

structure allows us to reduce the carbon footprint of 

the construction industry significantly. On top of this, 

renovation allows a city to retain the already limited 

free space and to limit the nuisance for the habitants. 

The increasing demand and the specific supply 

requirements of renovations create opportunities for 

new building solutions specially designed for and 

adapted to the renovation context.  

 

The renovation sector needs its own, adapted 

building solutions. Therefore, this paper proposes a 

new floor concept that anticipates on the growing 

renovation market by developing renovation-specific 

building elements, which encourage the renovation 

of buildings. The main focus of this research lies on 

the design of a floor slab which facilitates the 

construction process by a minimization of the weight 

of the individual components. Therefore this concept 

will combine the manoeuvrability of a beam and 

block system with the lightweight advantages of 

composite materials. The applicability of the concept 

will be focussed on the replacement of wooden 

floors in outdated buildings and the creation of 

additional floors in between existing storeys. Section 

4.1 describes this conceptual design. In section 4.2, a 

preliminary calculation has been performed to 

validate the structural feasibility of this advanced 

concept. 

 

2 SiP formworks 

2.1 SiP formwork concepts for concrete slabs 

Few concrete floor systems exist today that are 

adapted to the specific requirements within 

renovation context. Nowadays, different kinds of 

Stay-in-Place (SiP) formworks for concrete slabs 

can be distinguished. Lattice girder floors or half 

slabs (Fig. 1) are often used as SiP formwork for 

slabs cast on-site. A concrete overlay is finally cast 

on top of the formwork to provide the total bending 
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stiffness of the slab. Although this high-quality 

product has a rapid on-site installation, the 

disadvantages of the high weight and difficult 

manoeuvrability make them unsuitable for 

renovation purposes.  

 

A more renovation-friendly alternative for these 

lattice girder floors are the so-called beam and block 

floors (Fig. 2 and Fig. 3). This semi-prefabricated 

floor system is today’s most used floor system for 

renovation purposes. Small building blocks, usually 

made from terracotta, concrete or lightweight 

materials, are positioned between inverted T-beams. 

These smaller individual construction elements 

facilitate on-site placing and reduce the use of heavy 

machinery. Despite the reduced weight of 

components, the transport mass per square meter is 

comparable to that of a half slab (100 kg/m² [1], 

Tab. 1). Moreover, the weight of these individual 

components remains rather high and the installation 

is labour intensive, making beam and block slabs a 

relatively expensive floor solution.  

 

As half slabs and – to a lesser extent - beam and 

block systems have the disadvantage of being heavy, 

one searches for lighter SiP alternatives such as steel 

and composite SiP slab formworks. Steel slab 

formworks (Fig. 4) are composed of a thin metal 

sheet, shaped in such a way to provide sufficient 

stiffness, and a concrete layer which is cast on-site. 

Unfortunately, the use of steel formworks can also 

cause some problems. Corrosion problems can occur 

[2] due to the exposure of the metal surface to moist 

conditions. Furthermore, an adhesion problem 

between the smooth surface of the steel plate and 

concrete prevents the composite action of the slab 

[3].  

 

The above mentioned disadvantages clearly state the 

need for other lightweight SiP slab solutions. To 

combine properties like strength and stiffness, but 

still remain lightweight, composite materials were 

introduced. Composites have already proven their 

usefulness in the aerospace and car industry. But 

thanks to advantages in the field of transportation 

and corrosive environments, the use of composites 

can also benefit the construction industry.  

 

2.2 State of the art of composite SiP formwork 

concepts for beams and slabs 

The use of a beam and block system as starting point 

for the basic concept requires a present state of the 

art overview of hybrid slab and beam designs. 

 

In the past, FRP SiP slab formworks have been often 

used for the construction of bridge decks. In 1990, 

Hillman and Murray can be considered as one of the 

first authors to propose a slab with a pultruded FRP 

SiP formwork [4]. Following their example, similar 

concepts [5, 2] were developed and applied for 

bridge constructions. 

 

Different concepts of hybrid beams – composed out 

of a compressive concrete layer and FRP (Fibre 

Reinforced Polymer) tensile reinforcement – have 

been studied by different authors: Deskovic et al [6], 

Canning et al [7], van Erp et al [8], Hulat et al [9], 

Correia et al [10], Chakrabortty et al [11] (Fig. 5) 

and Remy [12]. Today’s research is mainly focussed 

on the behaviour of hardened hybrid beams. As a 

result, most of the mentioned examples are not 

suited for casting on-site. O. Remy [12] (Fig. 6) 

focussed both on the wet and hardened stage and 

proposed a new structural SiP formwork concept for 

beams.  

 

The idea to use composite materials to create 

lightweight elements (easy placement) which even 

contribute to the hardened phase (elimination of 

steel reinforcement) will be the starting point for the 

research towards a new floor system concept. 

Problems with fire safety of FRP composites are 

solved in this concept by using fire safe materials 

such as cement composites. 

 

3 Composites for structural applications 

For the design of a new lightweight stand-alone 

floor system, the authors of this paper smartly 

combined Fibre Reinforced Polymers (Fig. 7) and 

Textile Reinforced Cements (TRC). The high fibre 

volume fraction of FRP composites results in a high 

specific strength and stiffness. These properties 

make them very suitable for structural SiP 

formworks as they can not only reduce weight of 

formworks, but also substitute the traditional 

longitudinal steel reinforcement in a concrete 
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element [6, 7, 8]. Unfortunately, the application of 

polymer composites in civil constructions is 

restrained because of fire safety issues. In the 

presented design, TRC composites are proposed as a 

solution to these fire safety problems. As a 

consequence, CFRP (Carbon Fibre Reinforced 

Polymer) composites will be used inside the floor 

slab, while TRC composites are used at the outer 

surface to ensure the material fire safety of the floor 

system.  

 

Cementitious materials are stiff and strong materials 

in compression, but in turn, they lack sufficient 

tensile strength and have a brittle behaviour. The 

costs to improve the tensile behaviour can be limited 

by the use of E-glass fibres which are less expensive 

compared to carbon fibres. However, the inability to 

impregnate high volumes of discontinuous fibres 

[13, 14] limited their structural application and has 

led to the use of fibre textiles and thus Textile 

Reinforced Cement. Moreover, low-cost E-glass 

fibres can not be used as fibre reinforcement without 

a significant degradation of the tensile strength due 

to the alkaline environment of ordinary Portland 

cement [15].  

 

To avoid these shortcomings, researchers at the 

Vrije Universiteit Brussel (VUB) have developed an 

Inorganic Phosphate Cement (IPC) [16], which is 

acidic in fresh state, but pH neutral after hardening. 

The relatively small grain size of IPC (between 10 

and 100µm) enables the impregnation of dense 

textiles which results in a uniform fibre distribution 

and a higher fibre volume fraction. As a result, glass 

fibre reinforced IPC (GFR.IPC) can achieve fibre 

volume fractions up to 25% (Fig. 8) [17]). Hence, 

TRC composites with a significant tensile strength 

are the state of the art today. When reinforced with 

randomly oriented glass fibre textiles, the IPC 

matrix has a tensile capacity of 60 MPa and a 

compressive capacity of 80 MPa. The linear 

behaviour in compression clearly differs from the 

quasi bilinear behaviour in tension (Fig. 8). After 

cracking of the brittle cement matrix, the fibres are 

forced to take up all the tensile forces, resulting in an 

initial un-cracked stage (E-modulus = 19 GPa), and 

a cracked stage with reduced stiffness (3.75 GPa for 

18 fibre volume % [18]). GFR.IPC has already 

proven its capabilities as an appropriate material for 

structural stay-in-place formworks [19, 20, 21]. 

4 A Lightweight SiP (L.SiP) formwork for slabs 

4.1 Concept 

In this section, the authors propose the structural 

L.SiP formwork that consists of hybrid concrete – 

composite beams and lightweight sandwich panels, 

suitable for on-site assembly. Conform the beam and 

block concept, the sandwich panels are positioned in 

between the beams, after which a concrete layer is 

poured on top of them to create a monolithic floor 

(Fig. 12). 

  

To make sure that the hybrid beams have a sufficient 

strength and stiffness in relation to the weight during 

casting, the authors have chosen to integrate an 

internal element inside the hybrid beam (Fig. 10). 

For the most part, this element can be made out of 

GFRP (Glass Fibre Reinforced Polymer). 

Preliminary calculations have shown the necessity of 

additional stiff materials to provide the necessary 

bending stiffness. Adding CFRP at the bottom 

increases the bending stiffness significantly, but the 

adding becomes less efficient by the downward 

shifting of the neutral axis. To counteract this 

downward shift a low cost material such as high 

strength concrete is used at the upper side of the 

internal element. In this way, a hollow – and thus 

lightweight – internal element is designed to provide 

the bending stiffness for the beam.  

 

Besides the amount of CFRP, also the shape of this 

internal element is of great importance. Some first 

calculations (paragraph 4.2) have been made with a 

rectangular cross section. Using such a rectangular 

cross section enables us to use existing composite 

profiles. In the future, a further optimization may be 

performed to eliminate as much as possible concrete 

in tension. After all, concrete in tension can be 

neglected for the force equilibrium. As a 

consequence, reducing this volume has almost no 

structural influence, but allows us to reduce the final 

weight significantly. While changing the shape, one 

constraint must be taken into account: the shape may 

not hinder the flow of concrete during casting stage. 

A hindered flow can create inclusions in the 

concrete with the consequent low strength 

characteristics. 

 

The shape of the outer formwork of the beam 

depends on the chosen way of connecting the beams 
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and the sandwich panels. This paragraph proposes 

two possibilities to connect these elements. In a first 

proposition (Fig. 9), the well-known shape of 

inverted T-beams is maintained so the panels can be 

positioned in between them from above. This type of 

beams will be part of the bottom side of the floor 

system, so this outer formwork will be made out of 

GFR.IPC to ensure the material fire safety. A second 

proposition (Fig. 10) is to shape the outer formwork 

as an open thin cylinder which offers certain in-

section flexibility. For this purpose, the flexibility of 

a thin GFR.IPC section can be used. This choice of 

geometry allows us to create a fast connection of the 

sandwich elements in between the parallel beams 

from below. Insertion of the sandwich panels from 

below will certainly facilitate the construction 

process, but at the same time also make it more 

complicated. The outer skin of the beams must be 

flexible (Fig. 11) to allow easy snapping but also 

robust enough to avoid de-snapping. 

 

To serve as lightweight filling blocks, sandwich 

panels are chosen for their high stiffness-to-weight 

ratio. Only a small concrete layer on top of these 

sandwich panels is required to achieve an optimal 

hybrid material use. The bottom facing of the 

sandwich panel will be made out of GFR.IPC for 

fire safety issues, while the upper facing material 

can be chosen according to the required mechanical 

properties. To retain lightweight elements, one can 

choose to use foam in between the facings or even a 

corrugated structure.  

 

The construction process of this floor system (with 

the circular outer formwork of the beams) can be 

summarized in the following steps: Hybrid beams 

with FRP core and TRC outer formwork (Fig. 12i) 

are carefully placed next to each other at equal 

distances. After fixing the beams, sandwich panels 

with TRC faces (Fig. 12ii) are snapped in place. 

First, the beams are cast (Fig. 12iii) to provide the 

needed bearing capacity for the top layer of concrete. 

In a second phase, the concrete top layer is cast (Fig. 

12iv). 

 

 

 

 

 

4.2 Design calculations 

A first design calculation is performed by the 

authors to prove the feasibility of the concept. This 

study checks a 5-m-span slab (Fig. 13) as an 

example of frequently used spans in renovation of 

single family houses. 

  

The internal GFR.IPC element with a thickness of 2 

mm has a width of 70 mm and a height of 155 mm. 

At the bottom side, a carbon layer with a thickness 

of 2 mm increases the bending stiffness. At the 

upper side, a high strength concrete layer of 20 mm 

is used to keep the neutral axis in the middle. This 

stiff element limits the deflection of the 2 mm thick 

cylindrical outer formwork of the support beams. 

The distance between two parallel support beams is 

600 mm, while the beams themselves have a width 

of 200 mm. The sandwich panels have a height of 

180 mm and the compressive concrete layer equals 

45 mm, resulting in a total floor slab height of 225 

mm. All material properties are assumed to be linear 

elastic. The high strength concrete has a stiffness of 

50 GPa, the on-site cast concrete 30 GPa, GFRP 

16.8 GPa and the CFRP strip 240 GPa. 

 

In order to bear a final service load of 3.50 kN/m², 

two casting stages and one serviceability state are 

considered. In a first stage (casting 1), the outer 

formwork of the beams is filled with concrete. In a 

second stage (casting 2), the entire hardened beam 

has sufficient load bearing capacity to carry the 

weight of the top compressive concrete layer. After 

casting, the hybrid slab weighs 165 kg/m². For 

casting 1 only the bending stiffness of the internal 

element is considered (Fig. 14 a). For casting 2 the 

contribution of the additional concrete in 

compression is added (Fig. 14 b). At serviceability 

limit state the authors only took a width of 300 mm 

of the compressive layer into account (Fig. 14 c).  

 

At every casting stage, the bending stiffness (Tab. 2) 

of the loadbearing components (GFRP profile, 

CFRP strip and concrete layer) is calculated to 

determine the position of the neutral axis. Together 

with the casting stage loads, these properties allow 

us to calculate the deflection. Within the 

assumptions of Bernoulli and a perfect bond 

between all materials, the deflections under casting 

and service loads must remain below the SLS 
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requirements of L/250 (=20mm). The deflections 

during the first and second casting stage remain 

limited to respectively 8.9 mm and 11.1 mm. Thanks 

to the limited deflections, the use of additional 

supports during casting becomes even superfluous. 

Finally, the service load causes a total deflection of 

12.2 mm (<L/250). An Ultimate Limit State (ULS) 

check reveals a load bearing capacity of  14.6 kN/m² 

and thus a maximum service load of 7 kN/m².  

 

The use of lightweight elements (6 kg/m for the 

composite beams and 20 kg/m for the sandwich 

elements) results in a low transport mass of about 30 

kg/m². This floor concept includes clearly a big 

reduction (>70%, Tab. 1) of the transport weight in 

comparison with traditional block and beam systems 

(Tab. 1). 

 

5 Conclusions 

Three components – beams, sandwich panels and a 

concrete top layer – form together a new lightweight 

SiP formwork for slabs. Strengthened by its 

excellent fire resistant capacities, cement composites 

can offer the required material characteristics for 

future floor slabs. Nevertheless, this design smartly 

combines FRP composites and cement composites to 

obtain the necessary strength and stiffness without 

losing the lightweight aspect.   

 

The new concept weighs 57% less than traditional 

on-site cast concrete floors and 34% less than beam 

and block systems. This weight decrease refers not 

only to the self weight of the slab, but also to the 

individual formwork elements (and thus installation 

and transportation weight).  A concrete layer of 45 

mm is sufficient to bear the service loads and limit 

the deflections to the specified values. The results of 

this structural feasibility study show a great potential 

for composite materials in concrete floor slabs and 

inspires future research.  

 

 

 

 

 

 

 

 
Fig. 1: Lattice girder slabs are one of the most used 

concrete SiP formworks for floor construction. The 

weight and dimensions limit the application within the 

renovation industry. [22] 

 

 

 

Fig. 2: A traditional beam and block system, consisting of 

inverted concrete T-beams and in between placed 

concrete building blocks. [23] 

 
 

 
Fig. 3: Traditional concrete beams are reinforced with 

steel rebars at the bottom (tension) side. The filling blocks 

can be hollow, but only consist of concrete. 

 

 

 

 

 

 

ICCM19 1970



 

 
L.SIP slab 

Beam & 
Block Slab 

half slab 

elements (kg/m²) 30 100 120 

casted concrete (kg/m²) 135 150 264 

total slab weight (kg/m²) 165 250 384 

Tab. 1 The installation weight of a beam and block slab 

and a half slab are comparable. The L.SiP formwork leads 

to a installation weight reduction of at least 70% in 

comparison with traditional floor slabs. 

 

 

Fig. 4: A metal SiP formwork sheet is shaped in a 

trapezoidal shape to offer sufficient bending stiffness. 

[24] 

 

 

 

Fig. 5: The cross-section of a hybrid beam, proposed by 

A. Chakrabortty. [11] 

 

Fig. 6: A new lightweight SiP formwork concept for 

beams by O. Remy. [12] 

 

 

Fig. 7: The good mechanical properties of composites are 

the result of strong and stiff fibres. [25] 

 

 

Fig. 8: The stress-strain diagram of TRC with random 

oriented glass fibres mats and an inorganic phosphate 

cement matrix. [26] 
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Fig. 9: An inverted T-support beam with a GFR.IPC skin 

and a CFRP strip at the bottom. The concrete filling 

blocks are replaced by sandwich panels.  

 

 

Fig. 10: A circular outer formwork is used for the support 

beams. 

 

 

  

Fig. 11: The thin GFR.IPC outer skin has the requested 

flexibility to allow easy snapping. 

 

 

  
(i)

 
(ii) 

 
(iii) 

 
(iv) 

Fig. 12 Lightweight floor elements (ii) are clicked 

between the hybrid beam (i) elements. The concrete is 

then cast in the beams (iii) and on top of the floor 

elements (iv).  

 

 
Fig. 13: The dimensions of the considered floor slab. 
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(a) 

 
(b) 

 
(c) 

Fig. 14: An overview of the different sections for the 

casting stages (a, b) and the serviceability state (c). 

 

 

  Casting 1 Casting 2 Use 

Height NA [mm] 105 121 145 

EI GFR.P profile [Nmm²] 5,1E+10 7,0E+10 1,1E+11 

EI CFR.P strip [Nmm²] 2,6E+11 3,4E+11 4,9E+11 

EI concrete L.SiP [Nmm²] 1,3E+11 4,8E+10 2,7E+09 

EI concrete 1 [Nmm²] x 1,8E+10 x 

EI concrete 2 [Nmm²] x x 2,2E+11 

Deflection [mm] 8,9 11,1 12,2 

Tab. 2: The deflections of the three different states 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Abstract  

This study is focused on delineating the effect of 

material, die, and process parameters on the 

orientation of short high aspect ratio glass fibers in 

polyethylene composite fiber extrudates. The effect 

of die entry angle, fiber weight fraction and screw 

speed on fiber orientation was systematically studied. 

The fiber orientation was characterized using X-ray 

tomography. The fiber orientation decreased with 

apparent viscosity of the melt in the die and the 

latter varied with die entry angle, screw speed, and 

fiber weight fraction in the feed.  

 

1 Introduction 

Orientation of short fibers in laminar flows has been 

investigated by many, theoretically and 

experimentally. In the classical theoretical study by 

Jeffery [1], the equations governing viscous 

(creeping) flow, around cylindrical particle in 

unbounded shear flow, were solved. Jeffery’s results 

showed that most of the time, high-aspect-ratio 

cylindrical particle have their long axis nearly 

aligned in the plane of flow and spend only a small 

fraction of the time not so aligned. A subsequent 

theoretical work had employed slender body theory 

to derive similar results that apply to high-aspect-

ratio cylinders, geometry more representative of a 

typical cylindrical fiber [2]. Strong fiber alignment 

is also induced in pure extensional flows. In this 

case, fibers approach perfect alignment of their long 

axis with the direction of flow on a timescale that is 

dictated by the strain rate imposed on the fluid. 

Whether it is shear flow or extensional flow, high-

aspect-ratio fibers tend to align themselves with the 

flow and it is this effect that underlies the flow-

induced alignment techniques, which were studied 

by Mor et al. [2].  

Fiber orientation during injection molding has been 

studied extensively [3, 4, 5, 6]; however, studies on 

fiber orientation during melt spinning are limited. 

Barbosa and Kenny [7] observed an increase in fiber 

orientation with increase in shear rate and decrease 

in fiber concentration. Vaxman and Narkis [8] 

recorded the opposite – a decrease in orientation 

with increase in shear rate. Their result on the effect 

of temperature was not conclusive. Becraft et al. [9] 

observed substantial fiber alignment even at very 

low level of shearing rate. The current study has 

expanded the scope of the previous studies by 

investigating the effect of additional parameters such 

as fiber volume fraction, die design and process 

parameters on fiber orientation and mechanical 

properties of the composite. Fiber Orientation 

Distribution (FOD) has been experimentally 

measured to aid in the analysis. 

 

2 Experimental Details 

High density Polyethylene (HDPE) and milled fiber 

glass were used in this study. The HDPE pellets 

were fed into Leistritz’s co-rotating twin screw 

extruder. Fiber glass was fed through a side-stuffer 

after the polymer had completely melted. The 

EFFECT OF FIBER CONCENTRATION AND PROCESS 
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barrels were programmed to the following 

temperature (
o
C) profile: 232, 232, 232, 235, 235, 

240, 240, 242, 242, 242, 242, and 242 (from the feed 

to die). The melt was extruded into composite fibers 

through a two-strand (3 mm in diameter with entry 

angles of 30o, 60o, and 90o)) fiber die. The fiber 

weight fraction in the feed was varied between 10 – 

50%. The extrudate was air-cooled to room 

temperature. Mechanical properties were measured 

using Instron’s screw driven universal testing 

machine. Density, measured as per ASTM D1895 - 

96(2010)e1, was used to determine the volume 

fraction after extrusion. The orientation distribution 

of the glass fibers within the spun composite fiber 

was characterized non-destructively using X-radia’s 

Micro X-ray CT and Avizo’s Fire Software.  

 

The reference coordinate system, used to define the 

orientation of a reinforcement fiber within the 

composite fiber, is provided in Fig. 1. The extrusion 

direction and the fiber’s longitudinal axis are 

oriented along the z-axis. 

 
 

Figure 1 Coordinate reference system  

 

The X-ray tomographic image was reconstructed 

using AVIZO Fire
®
 software. A representative 

reconstructed image is shown in Fig 2. 

 

 

Figure 2 X-ray image reconstructed using Avizo 

Fire® software. 

A representative plot of FOD obtained by the 

analysis of the image in Fig.2, is provided in Fig.3. 

In order to aid in the interpretation, this FOD was 

used to determine a single orientation factor [11], 

defined by  

 

�� � �3 � cos2φ � 1�/2                         (6) 

 

where 

 

� cos2φ �� � ���φ�cos2 φ sinφ
�/�
�        (7) 
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The orientation factor varies from 0 to 1.0 as the 

fiber distribution varies from random fiber 

orientation in 3-D to perfect alignment along the 

fiber axis. 

 

3. Results and Discussion 

The measured FOD in φ is plotted in Fig.3 for 

various weight fractions and 3 mm die with an entry 

angle of 60
o
. While a shift to lower angles (i.e. 

increase in orientation along the flow direction) with 

increase in weight fraction of fibers in the feed is 

observed, delineating the effect of various 

parameters is difficult. Therefore, a single 

orientation factor (fa) was determined using eqn. (6) 

and used. 

 

Fig.4 illustrates the variation of the orientation factor 

with weight fraction for various die entry angles. 

While the fa varied the least for the 30
o
 die, it varied 

significantly with fiber weight fraction in the feed 

for the 60o die. The variation for 90o die was in 

between that for 30
o
 and 60

o
 dies. The fa was for 30

o
 

was higher than that for other two dies, for all fiber 

weight fractions. While it decreased monotonically 

and marginally with increase in weight fractions for 

the 30
o
 die, it showed a sinusoidal variation for other 

two dies. A minimum in fa was observed at 30% 

weight fraction for 60o die. It is obvious from this 

figure that the effect of fiber weight fraction and die 

entry angle on fa could not be delineated clearly. .  

 

The die pressure increased with RPM as expected. 

The influence of die pressure on fa is plotted in Fig. 

5 for 60o die entry angle and fiber weight fraction in 

the feed of is 30%. Though, fa appears not change 

with die pressure in Fig. 5, this trend is not very 

clear when considering other data. Similarly, the 

effect of shear rate, at the die exit (at the end of the 

cone) is not apparent in Fig. 6, for 60
o
 die entry 

angle.   

 

Finally, the apparent viscosity was determined 

assuming Newtonian behavior and is plotted as a 

function of fa  in Fig.7. It should be noted that these 

 

Figure 3 FOD in the extrudate for various weight fractions of glass fibers in the feed 
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data points correspond to a constant screw speed of 

40 rpm. A clear trend is observed; the fa decreased 

with increase in apparent viscosity. 

 The 30o die resulted in lowest viscosity and hence, 

highest fiber orientation. The 90
o
 die resulted in 

highest viscosity and hence, lowest fiber orientation.  

The viscosity and fiber orientation for 60o were in 

between the values for the other two die angles, the 

maximum scatter in data was observed for this die. 

The data points correspond to various fiber weight 

fractions in the feed. A sudden decrease in fa at 30% 

weight fraction was observed for the 60o die. The 

reason for this is currently being investigated. 

 

 

 

 
Figure 5 Orientation factor versus die pressure for 
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Figure 4 Orientation factor versus fiber weight fraction in the feed for die entry angles of of 30o, 60o, and 30o  
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Figure 7 Orientation factor versus apparent viscosity for various die entry angles  
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Figure 6 Orientation Factor as a function of shear rate 
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The tensile modulus of the extrudates was measured 

and correlated with the fa in support of the data 

presented above.  The moduli for various extrudates 

obtained using a die with 90
o
 entry angle and 1.5 

mm diameter are tabulated in Table 1. These data 

correspond to a screw speed of 40 rpm.  

The extrudates manufactured with a fiber weight 

fraction of 10% and 20% in the feed have modulus. 

However, the modulus of the extrudate 
manufactured with 30% weight fraction is twice that 

of 10 and 20% due to slightly higher volume 

fraction, despite the lower fa.  Similar conclusion can 

be drawn when properties of extrudates 

manufactured using fiber weight fraction of 40 % 

and 50% in the feed. It appears like the effect of 

volume fraction is more than that of fa for the 

extrudates tested. Further investigation of this is 

underway.  

 

Conclusion 

Effect of die geometry, fiber weight fraction and 

screw speed on fiber orientation during extrusion of 

PE/Glass fiber composite was systematically 

studied.  A clear effect of apparent viscosity on fiber 

orientation was observed; fa decreased with increase 

in apparent viscosity. An increase in die angle 

increases the apparent viscosity, resulting in 

decrease in fiber orientation. The screw speed and 

the fiber weight fraction influence fa through their 

effect on apparent viscosity. The moduli of the 

extrudate correlate well with the fa and fiber volume 

fraction in the extrudate.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Epoxy resins are widely used as the matrix of 

fiber reinforced polymer (FRP) composites[1]. 
However, their major drawback is that they are too 
brittle to be used in some circumstances. Since 
1980s, great efforts have been made to make up for 
this demerit and lots of research on the 
morphologies of these polymer blends and 
composites was conducted[2-4]. The addition of 
rubbery into the epoxy resins markedly improved the 
toughness of epoxy resins, while it led to the 
decrease in the elastic modulus and service 
temperature of epoxy resins. In the following, high 
performance engineering thermoplastics such as 
polyethersulphone(PES), polyetherimide(PEI), 
poly(methyl methacrylate)(PMMA) and 
polyetheretherketone(PEEK) were used to toughen 
epoxy resins because of their good toughness, high 
modulus and high glass transition temperature. 
Usually, the incorporated phase can separate from 
the epoxy matrix to form a two-phase structure 
during the curing reaction and formation of co-
continuous phase structure can give rise to the 
maximal toughness in these blends. However, high 
content of thermoplastic is commonly needed for the 
formation of bicontinuous phase structure. 
Accordingly, it will lead to the increase in viscosity 
of the reaction mixtures and make the 
thermoplastic/epoxy blends hard to process. 
Moreover, the lower Tg formed by phase separation 
similar to that of the pure epoxy resins lowers the 
service temperature of the polymer blends. As a 
result, homogeneous thermoplastic-modified epoxy 
resins were prepared to solve the disturbing 
headache. The homogeneous polymer blends with 
semi-interpenetrating polymer network (semi-IPN) 
can acquire higher fracture toughness with the 
incorporation of low content of thermoplastics. 

At the same time, inorganic rigid particles were 
quite popular to toughen polymers. As inorganic 
rigid particles, montmorillonite and glass bead were 
widely used to toughen epoxy resins and 
significantly improved their thermal performances 
and mechanical properties simultaneously. Since 
1990s, nanotechnology has been developing very 
rapidly and the incorporation of nanoparticles, 
especially nanomontmorillonite, into the epoxy 
matrix has been seen as one of promising ways to 
toughen the epoxy resins. According to the 
references, these nanoparticles enhanced the 
stiffness, the toughness and thermal performances of 
the materials at the same time. Moreover, their 
morphology and dispersion in the epoxy matrix are 
critical to the ultimate properties of the 
nanocomposites. 

In recent years, the incorporation of two phases 
into the epoxy matrix to attain synergy of 
toughening has drawn more and more attention[5-8]. 
However, the toughening mechanism of two-
toughener system is more complicated and the 
synergy of the two toughening components is hard 
to take place. As a result, further research should be 
done on this aspect.  

In this research, we aim to use organoclay to 
supplementarily toughen PES/epoxy blends and 
acquire organoclay/PES/epoxy hybrid 
nanocomposites with homogenous matrices. We also 
try to find the toughening mechanism in the hybrid 
nanocomposite system. 

2 Experimental 

2.1 Materials 
The epoxy resin used in this investigation is 

DER331®, the diglycidyl ether of bisphenol-A 
(DGEBA), provided by Dow Chemical 
Company. The epoxy equivalent weight is 182-
192g/eq. The hardener is 4,4’-diaminodiphenyl 
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sulphone (DDS), acquired from SUZHOU 
YINSHENG chemiacal Co.,LTd. 
Polythersulphone (PES) is an amorphous 
thermoplastic, supplied by Sumitomo 
Corporation as a toughener. Octadecylamine 
modified montmorillonite named I. 30E was 
purchased from Nanocor, Inc. as anotherr 
toughener. Methylene chloride was used as the 
solvent, produced by Tianjin Kermel Chemical 
Reagent Co., Ltd. The release agent is Frekote 
44-NC, obtained from Loctite Corporation. All 
the chemicals and resins were used as received. 
2.2 Preparation of samples 
2.2.1 Preparation of hybrid nanocomposites 

PES, organoclay and DDS were desiccated in 
vacuum for more than 48h at 80 ℃  before 
experiments. PES (5wt%) was weighted and 
completely dissolved in methylene chloride at room 
temperature.. Then epoxy oligomer was incorporated 
to the solution and dissolved in it. In the following, 
organoclay (1wt% and 3wt%, respectively) was 
weighed and dispersed in the solution with vigorous 
mechanical stir. In the next step, high Shear-resistant 
emulsion equipment was used to further disperse the 
organoclay at 10000rpm for more than 30min, 
followed by sonication for at least 30 min. The 
translucent mixture was heated to 80℃ in a water 
bath to drive off most of the solvent. Subsequently, 
the mixture was placed into a hot vacuum oven kept 
at 120℃ to remove the residual solvent. In the next 
stage, the stoichiometric amount of hot DDS was 
added to the mixture with a fierce stir to dissolve 
DDS completely. Next, the mixture was cast into a 
preheated mould treated with a release agent. Before 
the beginning of the curing reaction, the mould was 
placed in a hot vacuum oven maintained at 120℃ to 
degass for 30min. At last, the mould was maintained 
at 120℃ for 24h and additional 2h at 180℃(post-
curing). As a control, another mould was cured at 
180℃ for 3h directly. 
2.2.2 Preparation of epoxy resin, PES/epoxy blend, 
nanocomposites 

The preparing method of hybrid nanocomposites 
was used to synthesize these samples by omitting the 
process of blending PES, adding organoclay or both 
of them.  
2.3 Morphology characterization 
2.3.1. X-ray diffraction (XRD) 

XRD was performed on a D/max-γB 
diffractometer with a Cu Kαradiation (λ=0.154nm) 
produced by Rigaku Corporation. The acceleration 
voltage and current were 40kV and 20mA, 
respectively. The speed of scanning and the step 
length were 0.6°min-1 and 0.006°, respectively. The 
2θ was ranging from 0.6°to 10°.  
2.3.2 .Optical microscope (OM) observation 
  The uncured mixtures and cured specimens were 
placed between two glass slides under a Microscope 
(Keyence VH-Z500R) to observe the dispersion of 
organoclay in the matrix. 
2.3.3. Scanning electron microscope (SEM) 
observation 

The specimens were divided into two groups 
whose compositions were identical. One group was 
fractured and placed into methylene chloride and 
stirred vigorously for more than 48h to rinse out PES. 
Then the rinsed specimens were coated with a layer 
of gold around 200Å thick before the observation. 
The other group was fractured according to the 
method of the single-edge-notch three-point-bending 
(SEN-3PB) test. Next the fractured specimens were 
directly coated with a layer of gold for the 
observation. Finally, the specimens were observed 
by a scanning electron microscope (Philips XL-30). 
2.3.4. Transmission electron microscope (TEM) 
analysis 

A JOEL JEM-2100F transmission electron 
microscope was used at an accelerating voltage of 
200kV to observe the thin specimens of 50nm to 
60nm thickness microtomed by a microtome (LKB 
Bromma 2088 ultrotome V) at room temperature. 
Before the observation of PES micro-domains in the 
matrices, several specimens were stained with OsO4 
for 72h. 
2.4. Thermal properties test 
2.4.1. Dynamic mechanical thermal analysis 
(DMTA) 
  DMTA properties of all the samples were measured 
by a DMA Q800 analyzer produced by TA 
Instruments Corporation at a fixed frequency of 1Hz 
and a heating rate of 3℃/min. Liquid nitrogen was 
used to control the system temperature. The tests 
were conducted under dual cantilever mode for the 
samples of size 60mmX6mmX3mm. 
2.4.2. Thermogravimetric analysis 
  The thermal stability of the neat epoxy resin, 
PES/epoxy blend and hybrid nanocomposites were 
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measured by NETZSCH STA 449C thermal 
analyzer from room temperature to 1000℃  at a 
heating rate of 20℃/min in nitrogen atmosphere. 
2.5 Mechanical properties 
 2.5.1 Uniaxial compression test 

Uniaxial compression test was used to investigate 
the ductility of the neat cured epoxy resin and the 
PES-modified epoxy resin according to ASTM 
D695-08. The specimen sizes are 5 by 5 by 10mm 
and the specimens are in the form of prism. The 
pristine samples were carefully mechanically cut and 
polished to produce perfectly parallel end surfaces 
and smooth surfaces. A screw-driven Instron (Model 
5569) was used to carry out the test at a crosshead 
speed of 0.5mm min-1. 
2.5.2 Fracture toughness assessment 

The fracture toughness of all the cured samples 
was measured from the critical stress intensity factor 
(KIC) in the single-edge notched three-point bending 
(SEN-3PB) test based on ASTM D5045-99. The 
dimension of each sample was 
70mm(L)X10mm(W)X5mm(B). The span for the 
fractured test was 40mm(S). The crack was prepared 
by machining a sharp notch on one surface of each 
sample and then inserting a fresh razor blade into the 
notch and tapping to make a sufficiently sharp 
natural crack. A screw-driven Instron machine 
(Instron 5569) was used at a crosshead speed of 
0.5mm/min. At least five specimens of each 
composition were measured in this test. 

3. Results and Discussions 

DMTA measurement was first used to investigate 
the phase morphology in these samples. As shown in 
Fig. 1, there are only single glass transition peaks in 
all the DMTA curves. The result means that phase 
decomposition did not occur and PES-rich phase and 
epoxy-rich phase were absent in the PES modified 
samples. 

SEM technology was used to further observe the 
phase morphology in the PES modified samples. In 
Fig.2, the SEM images from (a-1) to (a-6) and from 
(b-1) to (b-6) are for the fractured cross-sections of 
PES modified samples before being rinsed by 
methylene chloride and after being rinsed by 
methylene chloride for 48h, respectively. The 
fractured surfaces of these samples did not change 
even though they were rinsed sufficiently to get rid 
of PES. For the PES/epoxy blends, their fractured 

surfaces were as smooth as the fractured surface of 
the cured neat epoxy resin. This result indicates that 
phase separation has been suppressed greatly, which 
accords with the prediction in the phase diagram in 
reference[9]. Although the incorporation of 
organoclay into the organoclay/poly(ether imide) 
/epoxy hybrid nanocomposite has been observed 
facilitating the formation of co-continuous structure 
[10] by improving the phase shape relaxation time 
[11] and the cloud points which were induced by the 
increase in the viscosity of the reaction mixture, the 
content of PES and organoclay in our reaction 
mixture is not high enough to markedly change the 
relaxiation time and cloud points to ensure the 
occurrence of phase separation and coarsening. On 
balance, there are only single-phase structures in all 
the PES-modified samples. It should also be noted 
that the initial curing temperature of 180℃ was not 
high enough to enable phase decomposition 
too(compare Fig.2(a-4), Fig.2(a-5) and Fig.2(a-6) 
with Fig.2(b-4), Fig.2(b-5) and Fig.2(b-6), 
respectively). Therefore, the morphologies of the 
matrices in all the samples can be kept homogenous 
in this experiment. 

However, it is clear from Fig.1 that Tgs of the 
PES modified samples cured at 120℃ are ca. 10℃ 
higher than the samples with same compositions 
cured at 180℃. There could be some differences in 
the microstucture of these samples. 
   In the following, TEM method was used to further 
observe the phase microstructure of the PES/epoxy 
blends which were the matrices of hybrid 
nanocomposites and neat epoxy resin which was the 
matrices of nanocomposites. Before the observation 
the cured epoxy resin and PES/epoxy blends were 
stained with OsO4 for 72h. As shown in Fig.3, there 
is a large discrepancy between the micrograph of 
PES/epoxy sample cured at 120 ℃  and that of 
PES/epoxy sample cured at 180℃. The dark regions 
are the stained epoxy matrix, while the white regions 
are the PES micro-domains (see Fig. 3(a)). The PES 
micro-domains ca. 50nm in diameter interconnecting 
with each other are evenly distributed throughout the 
epoxy matrix. They seem to get entangled with 
epoxy network to form a semi-IPN structure making 
the whole image show a rough pattern. However, 
these interconnected spherical micro-domains vanish 
in the PES/epoxy blend cured at 180℃(shown in 
Fig.3(b)). The micro-domains are far finer than those 
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of the blend cured at 120℃ . The whole image 
indicates a smooth structure which is similar to that 
of the neat cured epoxy resin(Fig.3(c)). These 
different micro-structures may influence the thermal 
performances and mechanical properties of the 
hybrid nanocomposites. 

Organoclay has been used to toughen epoxy resins 
since 1990s. It has been widely accepted that the 
morphology of organoclay layers signinificantly 
influenced the properties of the nanocomposites. As 
two typical morphologies of organoclay layers, 
intercalated structure and exfoliated structure are 
often found in the cured epoxy matrix. In this study, 
XRD was used to characterize the morphology of 
organoclay in the nanocomposites and hybrid 
nanocomposites (presented in Fig.4). According to 
the patterns, no peaks are observed in all the samples 
except the pristine clay and neat organoclay whose 
peak values are ca. 5.5° (d-spacing 1.60nm) and 3.5° 
(d-spacing 2.52nm), respectively. The result 
indicates the intercalated structure is absent in all the 
nanocomposites and hybrid nanocomposites. Since 
the 2θ is ranging from 0.6°to 10°, all the d-spacings 
of the dispersed organoclay are larger than 12nm in 
accordance with the Bragg’s relation: λ=2dsinθ, 
where λ is the wavelength of the X-ray radiation, d 
is the spacing between the individual clay layers, θ is 
the measured diffraction angle. There is no van der 
waals force between the individual layers of 
organoclay when the spacing between the layers 
exceeds 8nm. Therefore, the result means that 
exfoliated structures formed. Furthermore, it is 
apparent that the incorporation of PES into the 
nanocomposites did not change the final 
morphology of dispersion of organoclay. Moreover, 
the increase in the content of organoclay and the 
curing temperature in the reaction system did not 
affect the formation of exfoliated structure too. 

Although the absence of diffraction peaks of 2θ in 
the range of 1.0°to 10°usually suggests the clay 
structures are mainly exfoliated, it is still quite 
difficult to differentiate ordered exfoliation from full 
exfoliation on the X-ray diffraction spectra. 
Consequently, TEM was used to further observe the 
morphology of organoclay in the nanocomposites 
and hybrid nanocomposite. A series of typical TEM 
images presented in Fig.5 show that organoclay has 
mainly orderedly exfoliated structure in the hybrid 
nanocomposites with 1wt% organoclay(cured at 

120℃). In addition, all the d-spacings are more than 
12nm (from Fig.5(a) to Fig.5(d)) and part of the 
outer layers are fully exfoliated into the matrix(see 
Fig.5(a)and Fig.5(b)). The TEM images of the 
hybrid nanocomposite with 1wt% organoclay(cured 
at 180℃), the hybrid nanocomposites with 3wt% 
organoclay(cured at 120℃ and 180℃, respectively) 
and the nanocomposites(cured at 120℃ and 180℃, 
respectively) which are not demonstrated here show 
the same morphologies of organoclay as these 
pictures. The results accord with the results obtained 
from the XRD graph above. As a solvent for PES, 
methylene chloride also acted as a good dispersing 
agent for the exfoliation of organoclay. 

In order to investigate the effect of the 
morphology of the matrices and organoclay on the 
thermal properties of the hybrid nanocomposites, 
DMTA measurement was done. All the 
Tgs(Tanδpeaks in Fig.1) listed in Table 1 are 
divided into three groups. There is a decreased trend 
in Tgs with the increase in the content of organoclay 
in each group. The drop of the Tgs can be first 
interpreted as the reaction of excess monoamine 
intercalating agents (octadecylamine which was used 
to organically treat the prinstine clay) with the epoxy 
monomers. Moreover, the quanternary ammonium 
ions in the reaction mixtures underwent thermal 
dissociation and generated primary amines which 
could react with the epoxy resin. Furthermore, the 
hydrocarbon chain of octadecylamine began to 
degrade when the curing temperature rose to 180℃. 
These three aspects plasticized the epoxy networks 
leading to the shift of Tgs from high temperature to 
low temperature. It is interesting that the Tg of each 
sample in group one shifted ca. 10℃ higher than 
that of the sample with the same content of 
organoclay in group two and group three. It can be 
concluded combined with the TEM result that it is 
the semi-IPN structure that gives rise to the 
increased Tgs of the samples in group one. The 
absence of the semi-IPN structure in the samples of 
goup two(cured at 180℃) leads to almost identical 
Tgs compared with the corresponding samples 
without the incorporation of PES in group three. The 
results also indicate that the PES modification has 
little effect on the Tgs of the samples without 
forming semi-IPN structure. 

The thermal stability of the hybrid 
nanocomposites were studied by thermogravimetric 
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analysis(TGA). The TGA curves shown in Fig.6 
demonstrate the thermal stability of the samples 
cured at 120℃ . In Fig.6, it is obvious that the 
degradation began at 396℃ for the neat epoxy resin, 
while the onset were at 400℃ for PES/epoxy blend, 
401℃  for the hybrid nanocomposite with 1wt% 
organoclay and 404℃ for the hybrid nanocomposite 
with 3wt% organoclay, respectively. It can be seen 
from the result that the thermal stability of samples 
increases with the incorporation of PES and the 
increase in the content of organoclay even though 
methylene chloride used as the solvent in the 
experiment can lower the thermal degradation 
temperature of the samples. 

The fracture toughness of the samples was 
performed according to ASTM5045-99. Their KIC 

values are presented in Table 2. It can be seen firstly 
that the neat epoxy resin owns the lowest value, 
while the nanocomposites cured at 120℃  are the 
highest two KIC values. Besides, the KIC values of 
the PES modified samples cured at 120℃ are higher 
than those of the samples with the same composition 
cured at 180℃. Furthermore, the KIC values of neat 
epoxy resin and nanocomposites increase after being 
modified by PES. Moreover, the KIC values of neat 
epoxy resin and PES/epoxy blends increase after 
being reinforced by organoclay. Finally, the KIC 

value of the nanocomposite with 3wt% organoclay is 
markedly higher than that of the nanocomposite with 
1wt% organoclay, while there is only a slight 
increase in the KIC value of the hybrid 
nanocomposite with 3wt% organoclay cured at 
180 ℃  compared with that of the hybrid 
nanocomposite with 1wt% organoclay cured at 
180℃ and a drop in KIC value can be seen in the 
hybrid nanocomposite with 3wt% organoclay cured 
at 120 ℃  in comparison to that of the hybrid 
nanocomposite with 1wt% organoclay cured at 
180℃. 

uniaxial compression test was performed to the 
investigate the ductility of the matrices in the 
nanocomposites and hybrid nanocomposites. Fig.7 
shows that the yield stress decreases and the final 
breaking strength and the final breaking strain 
increases with the incorporation of PES. For the 
PES/epoxy blend cured at 180℃, the yield stress 
drops makedly. It indicates that the intrinsic ductility 
of the neat epoxy resin were improved by the 

incorporation of PES. Although the yield stress only 
decreases slightly for the PES/epoxy blend cured at 
120℃, it has the largest final breaking strength and 
the final breaking strain. It can be concluded from 
the TEM micrograph shown in Fig.5 that the 
formation of semi-IPN structure in the blend may 
lead to the slight decrease in the yield stress and the 
largest final breaking strength and the final breaking 
strain.  

SEM micrographs shown in Fig. 8 further reveal 
the higher ductility of matrices of the hybrid 
nanocomposites compared with the nanocomposite. 
More deep characteristic tail structures and river 
markings around organoclay agglomerates formed in 
the hybrid nanocomposites(shown in Fig. 8(a) and 
Fig. 8(b)) by the resistance of the organoclay 
agglomerates to the crack propagation compared 
with the control without PES in Fig. 8(c). The result 
indicates that the matrix of the hybrid 
nanocomposite cured at 120℃ possesses the highest 
toughenability due to the formation of semi-IPN 
structure. Although the improved ductility of the 
matrix of the hybrid nanocomposite cured at 180℃ 
can be easily found compared with the relatively 
smooth surface of the nanocomposite, its 
toughenability was still much lower than that of the 
hybrid nanocomposite cured at 120℃.  

Therefore, the incorporation of PES into the 
epoxy resin and the nanocomposites can enhance the 
ductility of their matrices and further improve their 
toughenability and KIC values. The existence of 
semi-IPN structure in the PES/epoxy blend and 
hybrid nanocomposite cured at 120℃ leads to the 
higher KIC values compare with those cured at 180℃. 

SEM technology and TEM technology were then 
used to observe the fracture behavior of the 
organoclay agglomerates in the SEN-3PB fractured 
samples. The characteristic tail structures and river 
markings can be clearly seen around the orderedly 
exfoliated organoclay agglomerates in the hybrid 
nanocomposite with 1wt% organoclay(shown in 
Fig.9(a) and Fig.9(b)), while the surface of the 
fractured cross-section gets more rough for the 
hybrid nanocomposite with 3wt% organoclay 
(shown in Fig.9(c)). More characteristic tails 
interconnecting with each other appear (shown in 
Fig.9(d)). 

Therefore, the highest fracture toughness of the 
hybrid nanocomposite with 1wt% organoclay cured 
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at 120℃  is due to the improved ductility of the 
matrix by the formation of semi-IPN structure and 
the resistance of organoclay agglomerates to the 
crack propagation by forming characteristic tails and 
river markings. 
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Tables, Diagrams and Figures  

 
Fig.1 DMTA curves of Loss tangent vs. temperature 
for the samples consisted of the neat epoxy resin, 
PES/epoxy blend, nanocomposites and hybrid 
nanocomposites 

 
Fig.2 SEM images for the fractured cross-sections of 
the samples after being rinsed (from (a-1) to (a-6)) 
and before being rinsed (from (b-1) to (b-6)) ((a-
1),(b-1): organoclay(0wt%)/PES/epoxy samples 
cured at 120 ℃ ; (a-2),(b-2): 
organoclay(1wt%)/PES/epoxy samples cured at 
120℃ ; (a-3),(b-3) : organoclay(3wt%)/PES/epoxy 
samples cured at 120 ℃ ; (a-4),(b-4): 
organoclay(0wt%)/PES/epoxy samples cured at 
180 ℃ ; (a-5),(b-5): organoclay(1wt%)/PES/epoxy 
samples cured at 180 ℃ ; (a-6),(b-6) : 
organoclay(3wt%)/PES/epoxy samples cured at 
180℃ ). All the samples were sufficiently rinsed 
with methylene chloride. 
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Fig.3 TEM micrographs of PES/epoxy blends and 
neat epoxy resin with homogeneous morphology: (A) 
PES/epoxy blends (cured at 120℃); (B) PES/epoxy 
blends(cured at 180℃) ; (C) neat epoxy resin (cured 
at 120℃). 
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Fig.4 XRD patterns of prinstine clay, organoclay, 
nanocomposites and hybrid nanocomposites: (A) 
organoclay(1wt%)/PES/epoxy sample cured at 
120 ℃ ; (B)organoclay(3wt%)/PES/epoxy sample 
cured at 120℃; (C) organoclay(1wt%)/PES/epoxy 
sample cured at 180 ℃ ; 
(D)organoclay(3wt%)/PES/epoxy sample cured at 
180 ℃ ; (E) organoclay(1wt%)/epoxy sample; 
(F)organoclay(3wt%)/epoxy sample; (G) pristine 
clay; (H)organoclay. 

 
Fig.5 TEM images of the morphologies of 
organoclay in the hybrid nanocomposites with 1wt% 
organoclay((a),(b): small agglomerates of 
organoclay; (c)(d): large agglomerates of 
organoclay). 
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Fig.6 TGA thermograms of the pure epoxy resin, 
PES/epoxy blend and hybrid nanocomposites: 
(a)neat epoxy sample; (b)PES/epoxy sample; 
(c)organoclay(1wt%)/PES/epoxy sample; 
(d)organoclay(3wt%)/PES/epoxy sample. All the 
samples were cured at 120℃. 
 
Table 1 Tgs of three groups of samples 

 0wt% organoclay 1 wt% organoclay 3 wt% organoclay 
group 1 192℃ 189℃ 181℃ 
group 2 181℃ 177℃ 175℃ 
group 3 185℃ 182℃ 174℃ 

Note: group 1: samples with PES cured at 120℃; group 2: 
samples with PES cured at 180℃; samples without PES 
cured at 120℃.  
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Table 2 Fracture toughness of the neat epoxy resin, 
PES/epoxy blends, nanocomposites and hybrid 
nanocomposites  at different curing temperatutes  
(cured at 120℃)  neat epoxy      organoclay(1wt%)/epoxy       organoclay(3wt%)/epoxy 

KIC (MPa m1/2)     0.58±0.11               0.73±0.05                             0.81±0.06 
(cured at 180℃)  PES/epoxy    organoclay(1wt%)/PES/epoxy   organoclay(3wt%)/PES/epoxy 

KIC (MPa m1/2)     0.73±0.03               0.78±0.02                             0.80±0.02 
(cured at 120℃)  PES/epoxy    organoclay(1wt%)/PES/epoxy   organoclay(3wt%)/PES/epoxy 

KIC (MPa m1/2)     0.77±0.10               1.15±0.10                             0.93±0.05 
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Fig.7 Uniaxial compression test results: (A) 
PES/epoxy blend cured at 180℃ ; (B) PES/epoxy 
blend cured at 120℃; (C) neat epoxy resin. 

 

 
Fig.8. SEM micrographs of the fractured surfaces of 
the organoclay filled samples in SEN-3PB test: 
(a)organoclay(1wt%)/PES/epoxy sample cured at 
120 ℃ ; (b)organoclay(1wt%)/PES/epoxy sample 
cured at 180℃; (c)organoclay(1wt)%/epoxy sample. 
 
 
 
 

 

 
Fig. 9 SEM images of the fracture cross-sections of 
the hybrid nanocomposites: (a)River markings on 
the fracture cross-section of the hybrid 
nanocomposite with 1% organoclay; 
(b)Characteristic tail structures on the fracture cross-
section of the hybrid nanocomposite with 1wt% 
organoclay; (c)The rough surface of the fracture 
cross-section of the hybrid nanocomposite with 
3wt% organoclay; (d) Characteristic tail structures 
and river markings on the fracture cross-section of 
the hybrid nanocomposite with 3wt% organoclay. 
The arrows in the images indicate the direction of 
crack propagation. 
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1 Introduction  

Sustainable and renewable energy resources are in 

increasing demand due to the depletion of fossil 

fuels and climate change. Therefore, to develop 

efficient energy storage systems which are capable 

of collecting unsteady state energy from sustainable 

energy resources, i.e., solar, wind, and hydro energy 

and outputting stable energy supply is of critical 

importance [1, 2]. Bridging the batteries and the 

conventional capacitors that deliver high energy 

density but suffer from relative low power density, 

high manufacturing cost, and limited life cycles for 

the former and even though high power density yet 

too low energy density for the latter, electrochemical 

capacitors (ECs) offer great advantages of high 

power capability and exceptional cycle life and 

reliability [3, 4], ECs possess promising potentials 

for future applications ranging from portable 

electronics to hybrid electric vehicles, and to large 

industrial scale power and energy managements [5].  
ECs can be classified into two general categories, 

electric double layer capacitors (EDLCs) and 

pseudocapacitors, based on different energy storage 

principles [6]. In the case of EDLCs, energy storage 

is achieved via electrostatic accumulation of charges 

at the electrode material and the electrolyte 

interfaces. Carbonaceous materials of large specific 

area, i.e., activated carbons (ACs) [7], carbon 

nanotubes (CNTs) [8], ordered mesoporous carbons 

(OMCs) and graphene nanosheets (GNS) [9, 10] are 

usually utilized as the main component of EDLCs. 

EDLCs are well known for high power density (>10 

KW Kg
-1

) and long cycle life (>10
6
 cycles) [11], but 

low energy density (<5 Kh/kg) [12, 13] remains the 

challenge. In contrast to EDLCs, pseudocapacitances 

arise from electron transfer that follows reduction-

oxidation (redox) reactions in the pseudocapacitors 

[14]. Transition metal oxides including MnO2 [15], 

RuO2 [16], MoO3 [17], Co3O4 [18] and VOx [19], and 

electrically conducting polymers (CPs), i.e., 

poly(aniline) (PANI) [20-22], poly(pyrrole) (PPy) 

[23-25], and polythiophenes (PThs) [26, 27], have 

been studied as pseudocapacitive materials. 

However, the relatively high electrical resistance 

giving rise to lower power density with respect to 

transitional metal oxides imposes a limitation for 

their supercapacitor applications. Conjugated 

polymers (CPs) have been considered as ideal 

candidates for electrochemical energy storage 

owning to high electrical conductivity and 

coulombic efficiency besides their mechanical 

versatility, synthetic tailorability, low cost and easy 

processability [28]. The existing problem regarding 

CPs is their poor cycling stability from the swelling 

and shrinking during the cycling redox reactions, 

which imposes limitations on their applications as 

electrochemical capacitors [4].  

Meanwhile, electrochromic materials that undergo 

reversible optical changes in the material via the 

reduction (gain of electrons) or oxidation (loss of 

electrons) on the passage of an electrical current 

upon the application of an appropriate potential have 

gained wide popularity from smart windows for use 

in cars and buildings, display devices for optical 

information and storage, and so forth [29, 30]. The 

electrochromic properties of the conducting 

CONDUCTIVE POLYANILINE NANOCOMPOSITES: 
ELECTROCHROMIC BEHAVIOR, ELECTROCHEMICAL 

ENERGY STORAGE AND GIANT MAGNETORESISTANCE 
SENSOR 

 

Z. Guo
1,*

 H. Wei,
1,2

 H. Gu,
1
 J. Zhu,

1
 and S. Wei

2
  

1 
Integrated Composites Laboratory (ICL) Dan F Smith Department of Chemical Engineering  

Lamar University, Beaumont, USA, 
2
 Department of Chemistry and Biochemistry 

Lamar University, Beaumont, USA,
 
 

* Corresponding author (zhanhu.guo@lamar.edu ) 

 

Keywords: polyaniline nanocomposite, electrochromic behavior, electrochemical energy storage, 

giant magnetoresistance sensor 

ICCM19 1990

mailto:correspondingauthor@iccm19.org


polymers have attracted significant interest both 

from the academia and industry for their easy 

processability, rapid response time, high optical 

contrast, and the ability to modify their structures to 

create multicolor electrochromes [31]. 

Among the conductive polymers, polyaniline 

(PANI) is one of the most studied due to its facile 

polymerization in aqueous media or nonaqueous 

media, environmental stability, simple 

doping/dedoping, high conductivity [32], low cost, 

high pseudocapacitance [33, 34]. Specially, high 

pseudocapacitance
 
arising from the versatile redox 

reactions and corresponding multicolor changes 

make PANI promising for electrochemical 

capacitors [35] and electrochromic applications [33].  

Another potential application for PANI is their use 

as giant magnetoresistance sensors. Since the first 

discovery of giant magnetoresistance (GMR) effect 

in the thin-film structural metallic materials 

composed of a pair of ferromagnetic layers (Fe) 

separated by a non-magnetic metal layer (Cr) in 

1988, GMR-based sensors have been designed and 

widely used in the areas including magnetic data 

storage (hard disc drive) and biological detection 

[36]. In the last few decade, carbon-based organic 

systems are promising materials and have attracted 

more attentions in the GMR effects since the 

element carbon has weak spin-orbit coupling and 

hyperfine interaction. Though the GMR in the 

organic systems has been obtained at low 

temperatures, the room temperature GMR signal is 

still too weak [37] and to obtain large signal at room 

temperature is still a challenge. 

In this talk, the conductive PANI polymer 

nanocomposites (PNCs) with different nanofillers 

including tungsten oxide (WO3), graphite oxide 

(GO) and silica (SiO2) nanoparticles were prepared 

for the applications of the electrochromic devices, 

electrochemical energy storage and giant 

magnetoresistance sensors. The morphology, 

chemical structure, and crystalline structure of the 

PNCs were studied using atomic force microscopy 

(AFM), Fourier transform infrared spectroscopy 

(FT-IR), X-ray diffraction (XRD), and transmission 

electron microscopy (TEM). Optical and capacitive 

properties of the composite films for electrochromic 

(EC) and energy storage devices applications were 

investigated using spectroelectrochemistry (SEC), 

cyclic voltammetry (CV) and galvanostatic charge-

discharge measurements. The magnetoresistance 

property of SiO2/PANI is also study as well. 

2 Materials  

 

Aniline (C6H7N) was purchased from Sigma 

Aldrich. Tungsten (VI) ethoxide was obtained from 

Alfa-Aesar. Silica nanoparticles were obtained from 

US Research Nanomaterials Inc. Natural graphite 

powder (SP-1) was provided from Bay Carbon Inc, 

USA. Indium tin oxide (ITO) glass slides were 

provided by Fisher and NanoSci Inc. ITO coated 

glass slides were sonicated in ethanol for 10 min, 

and then immersed in an aqueous solution 

containing 4 mL 28.86 wt% ammonium hydroxide, 

4 mL 30.0 wt% hydrogen peroxide (both from 

Fisher) and 20 mL deionized water  for 10 min, and 

sonicated in deionized water for 10 min before 

usage. Graphite oxide was synthesized following 

modified Hummers’ method [38, 39] using from 

natural graphite powders as the starting material. 

The nanocomposite thin films were fabricated via 

electropolymerization of aniline monomers onto the 

GO or WO3 coated-ITO glass slides which were 

prepared by spin coating technique. The 

electropolymerization was performed on an 

electrochemical working station VersaSTAT 4 

potentiostat (Princeton Applied Research). A typical 

electrochemical cell consisting of Ag/AgCl electrode 

saturated with KCl serving as the reference 

electrode, the GO or WO3 coated-ITO glass slides as 

the working electrode, and a platinum (Pt) wire as 

the counter electrode. Silica/PANI composites were 

prepared by surface initiated polymerization method. 

3 Results and Discussion 

The interactions between the polymer matrix and the 

nanoparticles can be verified by the FTIR spectra. 

Fig.1 shows the FT-TR spectra of (a) WO3, (b) 

PANI, and (c) PANI/WO3 nanocomposite films. 
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Fig.1 FT-TR spectra of (a) WO3, (b) PANI, and (c) 

PANI/WO3 nanocomposite films.  

When PANI was electropolymerized onto WO3 thin 

film, the peaks at 1300 and 1243 cm
−1

 corresponding 

to C–N and C=N stretching mode of the polymer 

matrix are shifted to lower wave numbers at 1295 

and 1212 cm
−1

, respectively, and a peak at 874 cm
−1 

attributed to the W-O-W stretching mode can also be 

observed shifted to 868 cm
−1

. These shifts indicate 

the chemical bonding between the PANI matrix and 

WO3 particles. The nitrogen atoms in PANI are 

inferred to form coordinated compounds with the 

exposed tungsten atoms on the surface of WO3, just 

like in the case of PANI/TiO2 hybrids [40, 41], 

Scheme 1. The strong ionic (or covalent) bondings 

between the nitrogen atom and the tungsten atom 

might cause the observed peak shifts. 

 
Scheme 1 Possible coordination bonds formed 

between PANI and WO3 in the PANI/WO3 

nanocomposite films.  

Electrochromic properties of the PANI-based 

nancomposite films in H2SO4 originate from the 

versatile redox reactions as illustrated in Scheme 1. 

 Scheme 1. Oxidation/reduction transitions in the 

PANI film in 0.5 M H2SO4. 

Fig.1 shows the color switching of the PANI/GO 

nanocomposite film onto ITO in 0.5 M H2SO4 at 

different potentials. Varing colors of the composite 

films were observed upon applying different 

potentials. The composite film displayed light 

yellow at -0.2 V (reduced state), light green at 0.5 V, 

blue at 0.8 V (partially oxidized state), and finally 

dark blue at 1.0 V (fully oxidized state). 

 

Fig.1 Color switching of the PANI/GO nanocomposite 

film onto ITO at different potentials in 0.5 M H2SO4. 

Reprinted with permission from American Chemical 

Society. 

Key parameters including coloration contrast (the 

ratio of the transmittance in the bleached (colorless) 

state to the transmittance in the colored state of the 

material, Eq 1), switching speed (the time required 

for some fraction of the color to form or be 

bleached), and coloration efficiency (the ratio of the 

transmittance change to the charge injected per unit 

electrode area, Eq 2) for evaluating the 

electrochromic properties of the nanocomposite 

films were also investigated.
   

      
 bleachedcolored TTOD log

                     (1)   

                     dQOD )(                        (2) 
 

Transmittance modulation (transmittance difference 

between the bleached state and the colored state) is 

found to be 35.3 and 60.6 % is obtained for the 

PANI/WO3 and  PANI/GO composite thin film, 

respectively, as compared to 37.4% for the pure 

PANI film. The composite films show enhanced 

coloration efficiency, 98.4, 59.3 cm
2
 C

-1
, which are 

higher than that of pure PANI thin film, 50.0 cm
2
 C

-

1
. For the coloration kinetics study, the films display 

a bleaching time of 9.5, 9.9, and 15.8 s and a 

coloration time of 13.7, 13.6, and 15.3 s, for pure 
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PANI and PANI/WO3 and  PANI/GO composite 

thin film, respectively. The difference in the color 

switching among the pure PANI and the composite 

films are inferred to be caused by the interactions 

between the polymer matrixes and the nanoparticles, 

as confirmed by the FTIR spectra. 

The galvanostatic charge-discharge measurements 

by chronopotentiometry (CP) were also carried out 

on the films in 0.5 M H2SO4 aqueous solution to 

evaluate the areal capacitance of the films using the 

Eq (1) [42]  

 )/()2( VStiCs                     (3) 

where Cs is the areal capacitance in F/cm
2
, i is the 

discharge current in A, t is the discharge time in s, S 

is active materials surface area of the single 

electrodes in cm
2
, V is the scanned potential 

window in V. The areal capacitance of the 

composite film derived from the discharge in the 

charge-discharge curve is 0.012 F cm
−2

 at a low 

current density of 0.008 mA cm
−2

 and is 0.004 F 

cm
−2

 at a high current density of 0.16 mA cm
−2

. 

WO3 is found to possess a small poor potential 

window at those current densities performed on the 

composite film, and it displays very quick discharge 

time at higher current density, for example, 6 mA 

cm
−2

. 
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Fig.2 Charge-discharge curves of PANI/WO3 hybrid film 

at different current densities. Reprinted with 

permission from American Chemical Society. 

 
The areal energy and power density are usually 

employed for evaluating thin film micro-batteries 

since the comparison has no dependence on the 

choice of other components including substrates and 

protective packaging [43]. Therefore, areal energy 

density and power density of the films are plotted 

using Equation (8) and (9):                                                               
 

3600
2

1 2VC
E

s
                          (8) 

                                                                       

t

E
P

3600
                             (9)

 

where E is the areal energy density in Wh cm
-2

, P is 

the areal power density in W cm
-2

. Cs is the specific 

capacitance in F cm
-2

, V is the scanned potential 

window (excluding IR drop in the beginning of the 

discharge) in V, t is the discharge time in s. The 

PANI/GO film can deliver ∼2.52 μWh cm
-2

 in the 

low power region of ∼0.01 mW cm
-2

 and ∼0.17 

μWh cm
-2

 in the high power region of ∼0.07 mW 

cm
-2

.  

The stability of the capacitors based on conductive 

polymer films remains as one of most serious issues 

[44]. The stability of the pure PANI and the 

composite thin films were studied and compared. 

Fig. 3 represents the charge density variation with 

time after different cycles for pure PANI and 

PANI/WO3 composite film. No energy storage 

function existed for the PANI film even after 370 

cycles in the charge-discharge cycling. In contrast, 

the composite thin films exhibit much better stability 

and the charge density changes little even after 1000 

cycles. The chemical bonding formed between the 

polymer matrix and WO3 particles is believed to 

play a vital role in enhancing the stability of the 

composite films.  

 

Fig. 3 Charge-discharge cycles of (a) the PANI film and 

(b) PANI/ WO3 hybrid film in 0.5 M H2SO4 aqueous 

solution. The potential step is 0.8 and -0.2 V holding for 
10 s, respectively. Reprinted with permission from 

American Chemical Society. 
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Fig.4 Room temperature magnetoresistance of 20 wt% 

silica/PANI nanocomposites. 

Fig. 3 shows the room temperature magnetoreistance 

(MR) of 20 wt% silica/PANI nanocomposites. It 

exhibits a positive MR throughout the whole 

measurement, and the MR value is up to 95.5% in 

this nonmagnetic nanocomposites. The MR in the 

hopping system is due to the electron hopping 

arising from the contraction of the electron wave 

function and the subsequent reduced average 

hopping length (Rhop) [45]. 

4 Conclusions 

The nanocomposite thin films have been prepared by 

electrodeposition of PANI onto GO or WO3 coated- 

ITO glass. The nanocomposite films display dual-

electrochromism and exhibit multiple colors at both 

positive and negative potentials and energy storage 

properties.  
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Abstract 
 
The success of process models used to predict 
composite manufacturing largely depends on the 
quality of the material model input. High fidelity 
material models are necessary if accurate predictions 
are to be made using process models. Furthermore, 
the fidelity of a material model is dependent on the 
quality of the experimental data used for fitting. 
Many process models currently employed, such as 
those used to predict flow and stress during 
manufacturing of composite structures, are 
independent of each other. Despite their 
independence, often they must be coupled since the 
prediction of one model may be required as input for 
the other. Additionally, the material properties 
required as inputs into the flow and stress models, 
namely viscosity and modulus, are also currently 
treated separately in state of art process modeling 
software. Developments such as the integrated 
stress-flow formulation [1] require a consistent 
material model to predict the material behavior from 
viscous fluid to viscoelastic solid.  
 
The aim of this work is to take a step towards an 
integrated viscosity and modulus description using a 
viscoelastic material model framework. Presented 
here is the experimental approach as well as the 
results of tests used to determine the viscoelastic 
behavior of a curing thermoset epoxy covering the 
evolution from pre-gelation liquid to fully cured 
glassy solid. The results show continuity between 
the viscous behavior as measured by a rheometer 
and the viscoelastic solid behavior as measured by a 
dynamic mechanical analyzer (DMTA). This 
experimental methodology and the resulting data set 
could be used to develop and fit a viscoelastic 
material model to all degrees of cure and 
temperatures encountered in a typical thermoset 

manufacturing process. Examination of the results 
indicates that a simple horizontal shift, as used in a 
thermo-rheologically simple time-temperature-
superposition, is not sufficient to describe the visco-
elastic behavior of a curing epoxy. Additionally, the 
results show that the storage modulus of a glassy 
epoxy is independent of the material’s degree of 
cure. 

 

1 Introduction 
 
Although the fundamental theory of viscoelasticity 
provides for models (e.g. Generalized Maxwell) to 
predict both viscosity and storage modulus [2], such 
models do not appear to exist in practice. One 
significant reason may be due to the challenge of 
generating experimental data across all temperature, 
time scales (or frequencies) and degree of cure 
(DOC) that are typically encountered during 
composite manufacturing processes. Further adding 
difficulty to characterization is that the material 
properties can vary by approximately 8 orders of 
magnitude from the GPa range to the Pa range, 
requiring different test setups. As a result, different 
equipment must be used to generate reliable data 
with accurate absolute values of viscosity and 
storage modulus. 
 
Characterizing the viscoelastic solid behavior of 
polymers is typically done using a dynamic 
mechanical analyzer.  Likewise, characterization of 
viscous fluids is typically done using a rheometer. 
Both of these analytical devices function 
fundamentally in the same manner. In both, force 
and displacement measurements (as well as sample 
geometry and dimensions) are used to calculate 
material properties. The force applied can be as a 
constant (such as in creep or rotational viscosity 
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tests) or in a sinusoidal fashion. However, the 
rheometer and DMTA deform the material in very 
different modes as required by the different material 
states.  
 

 

2 Experiments 
Three types of analytical equipment were used in 
this study; DMTA (Dynamic Mechanical and 
Thermal Analyzer, rheometer and DSC (Differential 
Scanning Calorimeter). Additionally, the previously 
developed NCAMP MTM45-1 cure kinetics model 
was used [3] and was implemented using RAVEN3 
software [4]. All tests were performed on the 
commercially available MTM45-1. Both neat resin 
and prepreg (HTS5630 fiber) forms were tested. 
 

2.1 Dynamic Mechanical and Thermal Analysis 

DMTA tests were completed using a TA Instruments 
Q800 with 3-point bend geometry. Tests were 
performed with temperature ramps of 2°C/min and 
constant frequency of 1Hz on samples that had been 
prepared to varying DOC. Samples were 
manufactured by stacking uni-directional prepreg to 
a thickness of approximately 0.75 mm.  The 
laminates were partially cured to achieve a glass 
transition temperature (Tg) slightly above room 
temperature (DOC > 0.2). The goal was to cure the 
samples to the lowest DOC possible, while still 
facilitating cutting and handling. The partially cured 
laminates were cut to length and width of 55mm and 
8 mm respectively using a Buehler IsoMet4000 
linear precision diamond saw. Samples were cut 
such that they were loaded in the 2-direction of the 
laminate. The DOC of each sample was determined 
using the DSC and the NCAMP material model and 
is detailed in section 2.3. Figure 1 shows a DMTA 
3-point bend fixture and a prepreg sample.  
 
During DMTA tests, storage modulus and loss 
modulus were captured while ramping the 
temperature from -30°C to just below the material’s 
Tg. Data could not be collected above the material’s 
instantaneous Tg since the sample would deform due 
to creep and also since significant cure progression 
would occur. Figure 2 shows the results of the 
storage modulus and figure 3 shows the results of 

loss modulus for samples ranging in DOC from 0.27 
to 0.99. In an effort to reduce the experimental error 
caused by sample to sample variability, the same 
sample was used for all temperature ramps with the 
exception of datasets for DOC of 0.82, 0.89 and 
0.99. This was achieved by stopping the test before 
the temperature reached Tg of the material beyond 
which appreciable creep and cure progression would 
occur. After the DMTA test was complete, the 
samples were heated to activate curing in order to 
achieve a slightly higher DOC. During each cure 
advancement step, minor creep of the samples from 
the previous test was recovered (stress history 
removed). It was not possible to recover the creep in 
the sample with a DOC > 0.75 without completely 
curing the material.  This was the reason a new 
sample was used for each of the tests at the higher 
DOC values. The NCAMP model implemented in 
RAVEN3 was used to design the post cure cycles to 
incrementally progress the sample DOC. After each 
post cure cycle, a small section of the end of the 
sample was cut off and tested in the DSC to 
determine the material DOC (detailed in section 
2.3). 
 

2.2 Rheological Tests 

Rheological tests were performed on uncured neat 
resin samples using a TA Instruments AR2000 
rheometer. Parallel plate geometry was used and all 
tests were conducted in oscillatory shear at a 
frequency of 1Hz and strain of 1%. Both isothermal 
and dynamic temperature ramp tests were 
performed. The isothermal tests were heated at a rate 
of 5°C/min to varied hold temperature of 125°C, 
130°C, 135°C, 140°C and 145°C. Figure 4 and 5 
show the results of the shear storage and loss 
modulus respectively for the isothermal rheometer 
tests. Dynamic temperature ramp tests were 
performed at 1, 2, 3, 4 and 5°C/min. Figure 6 and 7 
show the results of the shear storage and loss 
modulus respectively for the temperature ramp 
rheometer tests.  
 

2.3 Differential Scanning Calorimeter 

A TA Instruments Q2000 was used to perform DSC 
analysis for this study. DSC tests were performed on 
material taken from each DMTA sample to 
determine its DOC. Modulated temperature ramps 
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were performed to measure the reversing heat 
capacity (Cp) of each sample. Tg was taken as the 
inflection point on the Cp curve. The DOC was then 
determined by referencing the DeBenedetto curve 
from the NCAMP model. 

 

3 Data Reduction  

In order to compare results from the DMTA and the 
rheometer, assumptions and calculations were made. 
Firstly, the magnitude of the resin extensional 
complex modulus │E*m│ was calculated from the 
magnitude of the extensional complex modulus of 
the prepreg │E*2│ using a rule of mixtures as 
follows 

E *2 =
E *m × E * f (transverse)

E * f (transverse) × (1+V f )+ E *m ×V f

 

where │E*f(transverse)│is the transverse fiber complex 
modulus and Vf is the fiber volume fraction. A value 
of 20GPa was used for │E*f(transverse)│ [5] and 0.589 
was used for Vf [6]. It was assumed that the fiber is 
perfectly elastic and therefore the magnitude of the 
complex modulus is the same as the elastic modulus 
(zero loss modulus contribution). Secondly the 
magnitude of the shear complex modulus of the 
resin │G*R│ was calculated using Hooke’s law 

G *r =
E *r

2 × (1+ur )
 

where υR is the resin Poisson’s ratio [7]. A constant 
Poisson’s ratio of 0.36 was used [7][8]. It is 
important to note that both the rule of mixtures and 
Hooke’s law have been applied to viscoelastic 
properties (complex modulus). Finally, the shear 
loss modulus (G”R) and shear storage modulus (G’R) 
components of the complex modulus were 
calculated assuming that the phase angle is the same 
for the resin and prepreg samples using 

G 'r = G *r ×cos d( )
 

 

G ''r = G *r ×sin d( )
 

where δ is the phase angle. 
 
For rheometry data, the only calculations performed 
was using the cure kinetics model to calculate the 
DOC for each data point. This enabled plotting the 
material properties as a function of temperature for 
constant DOC. Figures 8 and 9 shows the storage 
and loss modulus results from the rheometer as a 
function of temperature and grouped in constant 
DOC series. 

 

4 Results 
Overlaying the results from the DMTA and 
rheometer shows the effect of DOC and temperature 
on the resin viscoelastic response. Figure 10 and 11 
plot G’ and G” respectively as a function of 
temperature. Each series is a constant DOC. In both 
of these figures, there is a region (105 to 107 Pa) 
where no data was generated. This was due to the 
limit of the torque that could be applied by the 
rheometer and due to deformation and cure 
progression of DMTA samples. The green dashed 
line has been shown to indicate the continuity 
between rheometer and DMTA data. These results 
show experimentally the expected response 
predicted by a generalized Maxwell model.  
 
When examining the glassy regime of G’, two 
important conclusions are observed. First is that the 
glassy modulus shows a linear dependence on 
temperature. This implies that the thermo-
rheologically simple time-temperature-superposition 
(horizontal shift only) is not sufficient to describe 
the viscoelastic material behavior. The second 
conclusion is that the glassy modulus is shown to be 
independent of DOC provided the temperature of the 
material is sufficiently below its instantaneous glass 
transition temperature (Tg-T > 50C).  
 
The results presented in this paper show the 
connection between rheometry and DMTA tests. In 
doing so, a methodology and dataset has been 
generated that can be used to develop a viscoelastic 
material model that can describe the behavior of a 
curing thermoset material from pre-gelation to fully 
cured and over temperatures from -30°C to 250°C. 
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These ranges span all DOC and temperatures that 
are encountered during typical processing of high 
performance carbon/epoxy composites structures. 
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Figure 1: DMTA sample loaded in the 3-point bend 

geometry. 
 

 

 
 

Figure 2: Storage modulus of MTM45-1 as a 
function of temperature for various DOC. 

 

 
Figure 3: Loss modulus from DMTA of MTM45-1 

as a function of temperature for various DOC. 
 
 

 
Figure 4: Storage modulus of MTM45-1 measured 

from isothermal rheometer tests.  
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Figure 5: Loss modulus of MTM45-1 measured 

from isothermal rheometer tests. 
 

 
Figure 6: Shear storage modulus MTM45-1 

measured from temperature ramp rheometer tests. 
 
 

 
Figure 7: Shear loss modulus MTM45-1 measured 

from temperature ramp rheometer tests. 
 

 
 
Figure 8: Storage modulus from rheometer plotted in 

constant DOC series. 
 

 
Fig. 9. Loss modulus from rheometer plotted in 

constant DOC series. 

 
Figure 10: Overlay of storage modulus from DTMA 
and rheometer. Green dashed lines show how data 

connects for constant DOC.  
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Figure 11: Overlay of loss modulus from DTMA 

and rheometer. Green dashed lines show how data 
connects for constant DOC.  
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1 Introduction 

Continuous fiber reinforced thermoplastic 
composites (c-FRTP) have been attractive due to the 
recycle ability and possibility of secondary 
processing [1-2]. However, the impregnation of 
thermoplastic resin into fiber bundle is difficult 
because of the continuous fiber and the high melt 
viscosity of the matrix. In this study, in order to 
improve difficulty of impregnation, fibrous 
intermediate materials of carbon fibers and PA fibers 
were developed by using commingle technique. This 
intermediate material enables the continuous fiber 
reinforced thermoplastic composite to be fabricated 
with low cost and short molding time; therefore the 
application field of fibrous intermediate material for 
c-FRTP becomes wide [3].  

Commingled ratio affects impregnation state 
and mechanical property of composites. In this paper, 
the dispersion ratio of fibers in intermediate material 
is represented as commingled ratio. Dispersion ratio 
was measured by changing the sizing contents in 
carbon fiber and the production process. The effects 
of dispersion ratio were discussed in terms of the 

strength of intermediate material and impregnation 
states of the composite. The mechanical properties 
of unidirectional CF/PA composite were evaluated 
by tensile test. 
 

2 Experiments 

2.1 Intermediate materials  

Fig. 1 shows the commingled machine used 
in the production of commingled yarn. Reinforcing 
fibers and resin fibers were sent out with each 
servomotor creel. Sent fibers were mixed with 
commingled unit. Then, the commingled yarn was 
completed by winding device. Commingled yarn 
was produced,  in which the volume fraction (Vf) of 
reinforcing fiber and resin fiber was about 50%, 
respectively. Fig. 2 shows the crank structure in the 
commingled machine. Reinforcing fiber bundle was 
spread by physical oscillation of the crank.  
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Fig. 1.  Commingled machine. 
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Fig. 2.  Schematic drawings of crank.  

  
Two types of carbon fibers (T700-12000-

60E, T700-12000-50C, 800tex, TORAY) were used 
as the reinforcing fiber. The carbon fibers had a 
different amount of sizing content; 60E was 0.2wt% 
and 50C was 1.1wt%. The PA resin fiber (Leona-
235T36B, PA66, 235dtex, melting temperature; 
265°C, Asahi Kasei Fibers) was used as the matrix 
resin. Table 1 and Table 2 show the properties of 
reinforcing fiber and resin fiber. Carbon fibers and 
PA fibers were commingled in commingled machine. 
Specification of the specimens was shown in Table 3. 
Commingled yarns were prepared by changing 
sizing contents of carbon fiber and a crank stroke for 
spreading carbon fiber bundle. The crank stroke was 
changed in 3 types (0, 6, 30mm). 
 

Table 1.  Properties of carbon fiber.  

 
Table 2. Property of resin fiber. 

 
Table 3.  Type of specimens. 

 

2.2 Dispersion ratio 

Dispersion ratio is very important factor for 
impregnation property. In order to enable the high 
cycle molding, it is necessary to reduce the 
impregnation distance as much as possible. In this 
study, the impregnation distance was examined by 

dispersion ratio. If dispersion ratio is high, 
impregnation distance becomes short.  
 In order to quantitatively evaluate the dispersion 
state of intermediate material, dispersion ratio was 
measured as shown in Fig. 3. The intermediate 
material was inserted into heat-shrinkable tube. 
Deflating the tube by heating, fibers were densely 
packed and formed cylindrical shape. The tube was 
embedded into a resin, and then cross-sectional 
observation with optical microscope was performed. 
Radial lines were drawn by every 30 degree on the 
cross-sectional photograph of fiber bundle with 
circle shape. There was agglomeration of reinforcing 
fiber or resin fiber on each radial line. The 
overlapping length of ai and bi which reinforcing 
fiber and resin fiber continuously exist on each 
radial line was measured. Dispersion ratio was 
expressed by equation (1).  
 
 

(1) 

 

 

where n is the total number of measurement. The 
value that average length of ai and bi divided by total 
length of both fibers was calculated. Each dispersion 
ratio was defined by subtracting the value from 1. 
When the reinforcing fibers and resin fiber are 
completely separate like parallel yarn, dispersion 
ratio is 50% of the minimum value. When the 
filament of reinforcing fibers and resin fibers are 
arranged alternately, for the filament diameter of the 
carbon fiber and resin fiber with 6.9, 12.3 (µm), 
respectively, dispersion ratio is 99.1% of the 
maximum value. In this way, as average length of 
fiber agglomeration become small, dispersion ratio 
comes close to 100%, and the minimum value is 
50%.  
 
 
 
 
 
 
 
 

Crank stroke�

Carbon fiber�

Direction of commingled process�

Crank for spreading 
carbon fiber bundle�

Piston�

Carbon 
fiber 

Sizing content 
(wt%) 

Filament 
number 

Filament  
diameter (µm) 

Density 
(g/cm3) 

60E 0.2 12000 6.9 1.8 50C 1.1 

Resin 
 fiber 

Melting 
temperature (oC) 

Filament 
number 

Filament  
diameter (µm) 

Density 
(g/cm3) 

PA66 265 3760 12.3 1.14 

Sample name No.1 No.2 No.3 No.4 No.5 No.6 
Sizing content 0.2wt% 1.1wt% 
Stroke (mm) 0 6 30 0 6 30 
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Fig. 3.  Definition of dispersion ratio.  

 

2.3 Strength of intermediate material 

The strength of intermediate material that 
was damaged by commingle-process was 
investigated by tensile test of intermediate materials. 
Intermediate material with 300mm length was 
clipped by paper tab at the both ends and span length 
between both paper tabs was 200mm. In this study, 
fiber strength was calculated by dividing max load 
by total cross sectional area of carbon fibers. 

 

2.4 Impregnation state and mechanical property 
of composites 

In order to investigate the impregnation state 
of molding, unidirectional composite was fabricated. 
Fig. 4 shows the fabrication method of 
unidirectional composite. Fiber bundles were wound 
12 times unidirectional-aligned on metal flame. It 
was molded by heating and compression molding 
method. Molding pressure was 3MPa, molding time 
was 5min, and molding temperature was 290 oC. 
Finally, unidirectional plate (20mm in width, 
200mm in length) was molded and the cross-
sectional observation and the tensile test were 
carried out. Un-impregnation ratio of composites 
was measured by using image analysis. And tensile 
test was carried out under the conditions of	 200mm 
length, 100mm distance between the grips, the test 
speed of 1mm/min by using INSTRON(Type4206).  
 

 
Fig. 4.  Fabrication method of  

unidirectional composite. 
 

3 Results  

3.1 Dispersion ratio and fiber strength 

Fig. 5 shows cross-sectional photograph of 
the fiber bundle. The dark-colored fibers indicate 
resin fiber and the light-colored fibers indicate 
carbon fiber. Degree of dispersion of carbon fiber 
with 0.2wt% was higher than that with 1.1wt%. 
Results of dispersion ratio and fiber strength are 
shown in Table 4. No. 3 could not be prepared 
because carbon fiber was tangle on the commingled 
machine. Dispersion ratio of 0.2wt% was increased 
with increasing the crank stroke, whereas dispersion 
ratios of 1.1wt% with 0mm and 6mm were almost 
constant and that with 30mm was slightly increased. 
Dispersion ratio of 0.2wt% was larger than that of 
1.1wt%	 because spreading carbon fiber bundle was 
inhibited due to sizing treatment. Fiber strengths of 
0.2wt% and 1.1wt% with 0mm and 6mm were 
almost same. But that of 30mm with 1.1wt% was the 
lowest. While increasing a crank stroke increased 
dispersion ratio, the carbon fiber was damaged by 
long stroke. As a result, commingled yarn of 0.2wt% 
with 6mm had both high dispersion ratio and high 
fiber strength. 
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                  No.1                                No.2 

 
                  No.4                                 No.5                       

 
No.6 

Fig. 5.  Cross-sectional photograph  
of the fiber bundle. 

 
 

3.2 Impregnation state and mechanical property 
of composites 

Fig. 6 shows cross-sectional photograph of 
composites. The light-colored area indicates carbon 
fiber, and the dark-colored area indicates resin rich 
region. And the black area within the dotted line 
indicates un-impregnation area. Un-impregnation 
area was confirmed in both 0.2wt% and 1.1wt%. A 
tendency of decrease in un-impregnation area with 
increasing dispersion ratio was confirmed.  

Fig. 7 shows relationship between un-
impregnation ratio and dispersion ratio. For both 
0.2wt% and 1.1wt%, increasing dispersion ratio 

decreased un-impregnation ratio because the 
impregnation distance was decreased by increasing 
dispersion ratio.  

Fig. 8 shows relationship between elastic 
modulus and un-impregnation ratio. Elastic modulus 
was increased with decreasing un-impregnation ratio. 
Fig. 9 shows relationship between tensile strength 
and un-impregnation ratio. As with elastic modulus, 
tensile strength was increased with decreasing un-
impregnation ratio. In order to increase the 
mechanical properties of composites, un-
impregnation ratio should be decreased. However, 
tensile strength of 1.1wt% with 30mm (No.6) (the 
plot indicated by arrow at Fig.8) was decreased  
from the trend line because fiber strength of No.6 
was greatly decreased. Therefore, if fiber damage 
was inhibited, impregnation state and mechanical 
property were improved only by increasing 
dispersion ratio. 
 

 
(a) No.1 Dispersion ratio : 62.5% 

 
(b) No.2 Dispersion ratio : 79.6% 

 
(c) No.4 Dispersion ratio : 53.4% 

 
(d) No.5 Dispersion ratio : 52.2% 

 
(e) No.6 Dispersion ratio : 59.4% 

Fig. 6.  Cross-sectional photograph of composites. 
 

Sample name Sizing content Crank stroke (mm)  Dispersion ratio (%) Fiber strength (GPa)  

No.1 
0.2wt% 

0 62.5  1.9  
No.2 6 79.6  2.0  
No.3 30 - - 
No.4 

1.1wt% 
0 53.4  1.7  

No.5 6 52.2  1.7  
No.6 30 59.4  1.0  

Table 4.  Dispersion ratio and fiber strength. 
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Fig.7.  Relationship between un-impregnation ratio 

and dispersion ratio. 
 

 
Fig. 8.  Relationship between elastic modulus and 

un-impregnation ratio. 
 

 
Fig. 9.  Relationship between tensile strength and  

un-impregnation ratio. 
 

4 Twisting processing of commingled yarn  

4.1 Fabrication method 

The commingled yarn of this study has the 
following problems; when the composites were 
molded, the orientation of the reinforcing fiber 
bundle becomes misaligned because of the different 
thermal shrinkage rate and fineness between the 
resin fiber and reinforcing fiber. And the 
commingled yarn has low handling ability because 
sizing agent was lost by commingled process. In this 
study, twisting processing was applied to 
commingled yarn in order to solve these problems. 
The effects of twisting number on impregnation 
property and mechanical property of unidirectional 
composites were discussed. 

As a material, commingled yarn with lower 
damage and the highest dispersion ratio shown in 
previous chapter was used. This commingled yarn 
was produced with 6mm crank stroke and 0.2wt% 
sizing content (No.2). 6 types of (0, 10, 30, 50, 100, 
200 T/m) twisting processing was performed by 
using ring twister.  

Fig. 10 shows photograph of twisted 
commingled yarn. The apparent fineness of 
commingled yarn was decreased with increasing 
number of twist. Fig. 11 shows relationship between 
twist angle and number of twist. Twist angle was 
increased with increasing number of twist and 
increasing rate of twist angle decreased gradually. 
 

 
(a) 0 (T/m) 

 
(b) 10 (T/m) 

 
(c) 30 (T/m) 

 
(d) 50 (T/m) 

 
(e) 100 (T/m) 

 
(f) 200 (T/m) 

 
Fig. 10  photograph of twisted commingled yarn 
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Fig. 11.  Relationship between twist angle  

and number of twist. 
 

4.2 Experiments 

4.2.1 Impregnation state and mechanical 
property of composites 

Unidirectional composites were fabricated 
by using twisted commingled yarn. And the 
impregnation state and the mechanical property of 
the composites were investigated by same method as 
previous chapter.  

 

4.2.2 Orientation of fiber bundle 

As mentioned in the paragraph 4.1, when the 
composites with non-twisted commingled yarn were 
molded, the orientation of the reinforcing fiber 
bundle becomes misaligned because of the different 
thermal shrinkage rate and fineness between the 
resin fiber and reinforcing fiber. The misalignment 
was possible to decrease the mechanical properties 
of the composites. Fig. 12 shows surface of 
specimens with non-twisted commingled yarn. In 
this study a fiber bundle oriented to the loading axis 
was referred to as “On-axis fiber bundle”, whereas 
misaligned fiber bundle was referred to as “Off-axis 
fiber bundle”. In order to quantitatively evaluate the 
orientation of the reinforcing fiber bundle on 
composites with twisted commingled yarn, surface 
of the composites was observed. “Off-axis fiber 
bundle ratio (OAR)”  was measured by using image 
analysis. OAR was defined as the ratio of the surface 
area occupied by Off-axis fiber bundle and was 
calculated by dividing the area of Off-axis fiber 
bundle by the surface area of composite. OAR was 

measured at three times for each composite and 
averaged.  

 
Fig. 12  Surface of specimens with non-twisted 

commingled yarn 
 
4.3 Results  

Fig. 13 shows cross-sectional photograph of 
specimens by changing number of twist. Reinforcing 
fiber bundle became circular with increasing number 
of twist and resin rich regions were also increased up 
to 50 (T/m). Fig. 14 shows relationship between un-
impregnation ratio and number of twist. Un-
impregnation ratio was decreased with increasing 
number of twist up to 50 (T/m), whereas that was 
increased over 50 (T/m). The reason for reduction in 
un-impregnation ratio up to 50 (T/m) was the effect 
of the molding pressure. So, it was considered that 
the molding pressure could be homogeneously 
applied to the fiber and the impregnation of 
thermoplastic resin into fiber bundle was improved. 
The reason for increase in un-impregnation ratio 
over 50 (T/m) was the effect of the Vf in fiber 
bundle. Carbon fiber was unspreaded by twisting 
and then the Vf in fiber bundle was increased and 
the flow of resin to reinforcing fiber bundle was 
inhibited. 

Fig. 15 shows surface of specimens. The 
orientation of the fiber bundle was improved by 
twisting processing. Fig. 16 shows relationship 
between OAR and number of twist. While OAR was 
greatly decreased with increasing number of twist 
under 50 (T/m), that was gradually decreased with 
increasing number of twist over 50 (T/m). Therefore, 
twisting Processing of about 50 (T/m) for 
commingled yarn was effective to inhibit that the 
orientation of the carbon fiber bundle was 
misaligned. From these results, while non-twisted 
commingled yarn was inhomogeneously arranged on 
die, twisted commingled yarn was arranged at equal 
spaced intervals on die. 

Fig. 17 shows relationship between elastic 
modulus and number of twist. While elastic modulus 
was almost same under 50 (T/m), that was decreased 
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with increasing number of twist over 50 (T/m). Fig. 
18 shows relationship between tensile strength and 
number of twist. While tensile strength was linearly 
increased with increasing number of twist under 50 
(T/m), that was greatly decreased with increasing 
number of twist over 50 (T/m). Twisting processing 
of commingled yarn was expected to decrease the 
mechanical property of the composites due to the 
effect to an increase in the fiber orientation angle for 
the yarn axis. However, under 50 (T/m), tensile 
strength was increased with increasing number of 
twist because of increase in both impregnation state 
and the orientation of the fiber bundle. But 
mechanical properties of the composites were 
decreased with increasing number of twist over 50 
(T/m) because the effect of the orientation of the 
fiber orientation angle was dominant. From these 
results, if number of twist was under 50 (T/m), it 
was considered that the effects of the impregnation 
state and the orientation of the fiber bundle were 
greater than the effect of the fiber orientation angle. 
Therefore, it was clarified that the twisting of 
commingled yarn with optimum twisting number 
was effected for increasing the mechanical 
properties of composites. And non-twisted 
commingled yarn was low handling ability. So 
commingled yarn was needed surface processing 
such as sizing agent for improving handling ability. 
However, This surface processing may make 
interfacial adhesion between reinforcing fiber and 
thermoplastic resin worse. Thus, it was considered 
that twisting processing was also effective in term of 
handling ability in addition to improving of the 
impregnation property and the mechanical properties.  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
(a) 0 (T/m) 

 
(b) 10 (T/m) 

 
(c) 30 (T/m) 

 
(d) 50 (T/m) 

 
(e) 100 (T/m) 

 
(f) 200 (T/m) 

Fig. 13.  Cross-sectional photograph of specimens. 
 

 

 
Fig. 14.  Relationship between un-impregnation ratio  

and number of twist. 
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Fig. 15.  Surface of specimens. 

 

   
Fig. 16.  Relationship between OAR  

and number of twist. 
 

 
Fig. 17.  Relationship between elastic modulus  

and number of twist. 
 

 
Fig. 18.  Relationship between tensile strength  

and number of twist. 
 
 
5 Conclusions  

In this study, new intermediate materials of 
carbon fibers and PA fibers were developed by using 
commingle technique. And the dispersion ratio of 
fibers in intermediate material is represented as 
commingled ratio. The damage degree of the 
reinforcing fiber in commingled process was 
evaluated as fiber strength. These were affected by 
changing the sizing contents in carbon fiber and 
crank stroke for spreading carbon fiber bundle. The 
effects of dispersion ratio and fiber strength were 
discussed in terms of the strength of intermediate 
material and impregnation states of the composite. 
Moreover, in order to improve the orientation of the 
reinforcing fiber bundle and the handling ability, the 
commingled yarn of high fiber strength and the 
highest dispersion ratio was twisted. And the effects 
of twisting number on impregnation property and 
mechanical property of unidirectional composites 
were discussed. 

As results, in the materials used in this study, 
it was revealed that commingled yarn, used carbon 
fiber of 0.2wt% sizing content, produced 6mm crank 
stroke was high dispersion ratio and high fiber 
strength. And high dispersion ratio and high fiber 
strength of commingled yarn produced both 
decrease in un-impregnation ratio and increase in 
mechanical property of the composites. Moreover, 
twisting processing under 50 (T/m) increased the 
mechanical property by improving the impregnation 
property and the orientation of the fiber bundle of 
the composites.  

Therefore, in order to increase dispersion 
ratio for improving impregnation state, carbon fibers 
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with small amount of sizing agent and crank stroke 
both to inhibit fiber damage and increase dispersion 
ratio should be selected. Moreover, it was clarified 
that the twisting of intermediate material with 
optimum twisting number was effected for 
increasing the processability and the mechanical 
properties of composite.  
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1. Abstract 

This paper is concerned with modeling and 

simulation of composite waveguide structures. 

Slotted waveguide antenna stiffened structures 

(SWASS) were considered with the aim to improve 

the structural strength and stiffness of an integrated 

aircraft wing or fuselage, while evaluating radio 

frequency (RF) performance. For structural analysis, 

initially a 2D equivalent model approximated the 

structural failure by using the smeared stiffness 

method and was verified against an analytical model. 

The difference between smeared stiffness and 

classical model was good. Higher fidelity models 

were indicated by discrepancy between smeared 

slots and finite element method (FEM). For 

verification of accuracy, it was compared with 

results in the literature for a solid FEM model. 

Recently, four design concepts have been proposed 

and developed by AFRL. The structural instability 

of those concepts under uniaxial compressive 

loading was studied as a realistic application of the 

3D plate model. In addition, for reliable and 

lightweight design, mass efficiency at each design 

concept is examined. This procedure can be used in 

design and optimization of efficient waveguide 

structures.  

2. Introduction 

Research on conformal load-bearing antenna 

(CLAS) structures [1] has increased, due to their 

favorable characteristics like multi-functional 

integrity of aircraft and antenna structures. In the 

design of CLAS, both structural strength and 

electromagnetic (EM) performance are equally 

important and depend on material and geometry. 

Callus [2] presented a brief history of the CLAS 

concept and reviewed various types of antenna-

embedded structures. This general concept is 

deepened and narrowed into SWASS, which 

provides results to demonstrate computational 

modeling of SWASS structures and RF experimental 

verification. 

 

The continuing work on SWASS has focused on 

improving structural performance by enhancing 

robustness and stability. As discussed by  Sabat et al 

[3], structural failure and instability problems of 

SWASS have extensively studied through a single 

composite rectangular wave guide. Simulation 

results under uniaxial compressive load have been 

verified against experiment results.  

 

Kim et al [4] suggested an optimum design 

technique for WR-90 waveguide to maximize the 

EM performance. The authors investigated trends of 

radio wave pattern sensitivity by varying slot size, 

and space and even geometry of the waveguide. 

Regarding RF performance sensitivity associated 

with aircraft structure, Smallwood et al studied the 

dipole antenna-embedded structure on joined-wing 

aircraft [5]. The authors investigated the effect on 

sensitivity of RF performance due to structural 

deformation associated with aerodynamic load. To 

minimize weight and maximize stiffness without 

degrading EM performance are the main objective of 

SWASS.  Knutsson et al tried to find or develop the 

materials not only to save weight, but also increase 

electrical properties [6].  

 

In this paper, in the development of minimization of 

weight and maximization of structural strength, four 

design concepts of waveguides are proposed. These 

are composite rectangular waveguide tubes covered 

by electromagnetically transparent composite 

laminate skins. Our main objective is to present 

structural response of four design concepts. In 

addition, we will suggest effective design criteria for 
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mass effective design. Firstly, the 2D approximated 

modeling was demonstrated for simplified fast 

prediction.  For higher fidelity modeling, 3D plate 

modeling was proposed. Structural responses were 

evaluated under uniaxial compression and verified 

against Sabat’s single waveguide model on non-

slotted and slotted cases [3]. For practical structural 

application, mass efficiency at each design concept 

is examined.  These normalized design criteria can 

be extended to the work that optimizes mass, 

stiffness and RF performance.   

3. Design Concepts of SWASS 

Structural analysis and evaluation of four novel 

design concepts for SWASS, shown in Fig. 1, was 

carried out. These various composite structures 

possess a spectrum of performance capabilities 

characterized by 1) the stability subject to loading 

conditions, 2) effective mass ratio compared to the 

metallic reinforcement, and 3) the conductivities to 

be able to transmit an EM signal. We suggest four 

design concepts to improve structural responses and 

EM. 

 

In detail, concept 1 has load-bearing carbon fiber 

waveguide tubes with carbon-fiber inner and outer 

mold line face sheets. This structure is expected to 

effectively support various loads and as a result, 

prevent buckling and failure. In addition, due to 

conductivity of carbon fiber, EM signals can be 

guided by the fiber tube. Since the carbon fiber face 

sheets are also electrically conducting, slots must be 

cut through the top skins, which weaken structural 

stiffness. Concept 2 is similar to concept 1, except 

that its face sheet material is fiberglass. Fiberglass is 

electromagnetically transparent, therefore no 

additional slots are required on the top skin, which is 

able to increase structural strength, even though 

fiberglass is not considered as stiff as carbon fiber.  

 

Concept 3 is different from concept 1 and concept 2 

in that it has thin copper metallic foil waveguide 

tubes to conduct electromagnetic signals. Only the 

metallic foil waveguide has slots, which has 

relatively less influences on mechanical strength. 

Face sheets are fiberglass, which is EM transparent; 

therefore no additional slots are required through 

outer skins. Concept 4 is same as concept 3, except 

for replacing inner mold line (IML) material on the 

bottom face sheet with carbon fiber in order to 

increase stiffness. 

  

(a) Concept 1: Carbon tube with carbon skins (b) Concept 2: Carbon tube with fiber glass skins 

  

(c) Concept 3: Metallic foil WG: Foil wrapped by 

fiber glass  with  fiber glass skins 

(d) Concept 4: Metallic foil WG: Foil wrapped by 

fiber glass  with  fiber glass (OML) and CFRP 

(IML) skins 

Fig. 1.  Four design concepts of Slotted Waveguide Antenna Stiffened Structures. 
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4. Equivalent 2D modeling 

In this section, the mathematical derivation for 2D 

equivalent model will be presented. It is analogous 

to a smeared honeycomb sandwich structure model 

in that the inherent material properties and 

geometries are reduced from 3D to 2D. The 

analytical approach follows the assumption of 

classical thin plate theory [7] including the first-

order shear deformation and is compared to 2D FEM 

model that may be more comparable to the 

analytical model. The coordinate and loading 

condition are illustrated in Fig. 2. 

 

Fig. 2. Configuration of waveguide antenna under 

uniaxial loading. 

4.1 Equivalent modeling of core webs 

For model comparison and verification, two 

configurations of equivalent model are suggested: 

firstly, equivalent core in Fig. 3(a) and secondly, 

equivalent beam stiffness in Fig. 3(b). The first 

configuration smears the web material across a 

homogenous core, while the second model the core 

web as beam stiffeners. 

 
(a) Equivalent core 

(b) Equivalent beam stiffness 

Fig. 3. Two configurations of equivalent model 

The benefit of these approaches is to simplify the 

complex 3D composite structure for SWASS such as 

composite web columns in internal structure or slots 

on the surface plate into the corresponding 2D plate 

or 1D beam material problems. Another advantage is 

to save computational cost. Theoretical results 

demonstrate the accuracy and establish a guideline 

for suitability of an equivalent model. 

 4.2 Mathematical formulation 

The general expression for 2D equivalent plate 

model is derived from the principal virtual work 

problem [8, 9].  

 

 0U Vδ δ δ+ = Π =   (1) 

 

where U V+ = Π is the total potential energy, 

Uδ the virtual strain energy, Vδ the virtual work 

done applied forces. Specifically, the virtual strain 

energy ( Uδ ) is written as  

 

 
2 2 2

xx xx yy yy
V

yz yz xz xz xy xy

U

dV

δ σ δε σ δε

σ δγ σ δγ σ δγ

= +

+ + + 

∫
 (2) 

 

For 2D modeling, the cross section of waveguide 

structures can be divided into three parts: top and 

bottom face sheets and web core in the middle. It is 

assumed that top and bottom skins support axial and 

bending/shear loads. And those can be easily 

modeled as thin plates. The web core improves 

structural responses by increasing stiffness. For 

simplicity, suppose that the web core mainly 

supports transverse shear and x-directional normal 

stresses. Hence, stress components distributed over 

the cross-sectional area can be expressed in terms of 

face sheets and equivalent web core. The simply 

modified equation is summarized as 

 

 

0

0

0

xx xx xx

yy yy

yz yz

xzxz xz

equivxy xy laminate

σ σ σ

σ σ

σ σ

σσ σ

σ σ

     
     
          

= +     
     
     
         

  (3) 
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Classical laminate plate theory dictates that the 

strain components can be expressed as 

 

 

0 0 0

0 0

, , ,

,

xx xx x yy yy y yz yz

xz xz xy xy xy

z z

z

ε ε κ ε ε κ ε ε

ε ε ε ε κ

= + = + =

= = +
  (4) 

 

where 
xκ , yκ  and xyκ  are given by 

 

 , ,
y yx x

x y xy
x y y x

φ φφ φ
κ κ κ

∂ ∂ ∂ ∂
= − = − = − + 

∂ ∂ ∂ ∂ 
 (5) 

 

The derivation of the constitutive relationship for 

stress and strain may be found in [9]. The rule of 

thumb is that each laminate skin is assumed to be in 

a state of plane stress, i.e., the normal stresses along 

z-direction are zero. The layers are assumed to be 

perfectly bonded together and linearly deform 

normal to the mid-plane. By substituting Equations 

(3) and (4) into (2) in conjunction with the in-plane 

force and moment resultants, the in-plane stiffness 

matrix [A], the in-plane and out-of plane coupling 

stiffness [B], and the bending stiffness matrix [D] 

are expressed as 
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  (6) 

 

where kN  is total number of laminate layers, 

1,k kz z − are the distance from the reference plane to 

the two surfaces of thk layer and  ijQ is the element 

of the stiffness matrix.  A set of equivalent web core 

stiffness matrices, ,web equivA , ,web equivB  and ,web equivD , 

are calculated through the two methods.  The details 

are shown in the following sections. For transverse 

shear stiffness matrix, 

 

 ( ) ( )1

1

, , 4 and 5
N

ij ij k k
k

k

K Q z z i j−
=

= − =∑   (7) 

The explicit expression for the transverse shear 

stiffness can be computed as strain energy balance 

under the assumption of the first-order deformation.   

4.2.1 Equivalent core: Volume Fraction Approach 

We assume that load is evenly distributed in the web 

core so that stiffness can be smeared across single 

plate layer models. The equivalent material 

properties of Young’s modulus ( *E ) and shear 

modulus ( *
G ) can be expressed in terms of volume 

fraction (α ). 

 

 

*

*

, ns s

ns

V V
E E

V

G G

α α

α

−
= =

=

  (8) 

 

where E is the Young’s modulus, G is the  shear 

modulus, nsV  is the total volume of the internal core 

structure space, sV is the total volume of web 

columns. Therefore, all of the three equivalent 

stiffness matrices, ,web equivA , ,web equivB and ,web equivD , 

are computed with single plate layer.  

4.2.2 Equivalent beam 

In the second model, the shear webs were modeled 

as beams to carry concentrated in-plane and shear 

loads. From Timoshenko-beam theory, the coupled 

governing equation is given by 

 

 

 

2

2
2

2

0

0

w
AG p

x x

D AG
x x

κ ψ

ψ
κ ψ

 ∂ ∂ 
− + =  

∂ ∂  

∂ ∂ 
+ − = 

∂ ∂ 

  (9) 

where ( )w w x= is the transverse deflection, 

( )xψ ψ= is the bending slope, 2κ is the shape factor, 

G is the shear modulus, ( )p p x= is externally 

applied force along the length of the beam, D  is the 

bending stiffness.  In this approach, the coupling 

matrix, ,web equivB , is disregarded, since the neutral axis 

of beam stiffeners is set to the location of the neutral 

plane of the plates. Therefore, ,web equivA  and ,web equivD  

are decoupled and modeled as beams. 
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 4.3 Model verification 

In order to verify the accuracy of the equivalent 
smeared stiffness approach, FEM modeling was 

performed in order to see the correlation with 

analytical approximation for concept 1. Note that 

length, a , and width, b , are ten times greater than 

height, h  for thin plate model. The NASTRAN-

based FEMAP software [10] was used to model the 

composite layers with the equivalent core structures. 

The QUAD4 shell elements were used for the 

laminate skin plates [11]. The detailed material 

properties are shown in Table 1. 

Table 1. Material properties [9]. 

 
CFRP Glass Fiber   Copper 

E1(×10
6 

psi) 20.1 7.8 18.0 

E2(×106 psi) 1.2 2.6 18.0 

G12(×10
6 

psi) 0.6 1.3 6.72 

G23(×10
6 

psi) 0.72 0.5 6.72 

G13(×106 psi) 0.72 1.3 6.72 

υ12 0.26 0.25 0.34 

ρ (lb/in
3
) 0.0659 0.0686 0.322 

 

Fig. 4 demonstrates the non-dimensional buckling 

load of the equivalent model along with theoretical 

results as a function of aspect ratio (a/b = 

length/width) under compressive uniaxial load with 

four simply supported edges.  As can be seen in Fig. 
4, the two equivalent configurations, which are 

equivalent core and equivalent beam stiffeners, are 

well matched. However, there are differences 

between equivalent models and classical plate 

theory.  Fig. 5 depicts trend of change of buckling 

load under consideration of slot size effect. The 
value of figure of merit of normalized buckling 

loads has been plotted as a function of Volume 

Fraction Factor (α). It is easily observed from both 

equivalent models that as the volume of slots 

increase, because of the reduction of equivalent 

stiffness, the nominal buckling loads decreases. 

However, there are significant difference between 

equivalent model and slots modeled as mesh (FEM) 

at α=0.9. Clearly, there is still considerable work to 

be done in modifying this approach for structural 

evaluation and verification with three-dimensional 

approach which generally has higher fidelity. 
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Fig. 4.  Comparison of volume fraction method and 

theoretical approach without slots. 
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Fig. 5. Slot volume fraction effect: 

5. Discussion of Results for 3D Plate Model  

The buckling response of a 3D plate model was 

evaluated through comparison with a previous 

model studied by Sabat [3] and extended to the 

application of four design concepts. 

5.1 Model verification of 3D plate FEM model 

It is worthy to investigate our proposed 3D plate 

model by comparing with previous work that 

simulates a single rectangular tube CFRP composite 

structure [3].   

 

Table 2 shows the simulation result of the critical 

buckling load for non-slotted and slotted waveguide 

tubes. As can be seen from the table, the difference 
of simulation results of buckling between Sabat’s 

and 3D plate models is less than 3%. The 3D plate 

2D FEM (1st mode) 

20 % difference 
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model matched Sabat’s 3D solid model well, 

whereas the 3D plate model has significantly fewer 

number of elements than Sabat’s solid model. The 

important conclusion to draw from the table is that 

the 3D plate model is more efficient than Sabat’s 

model, since it saves computation cost and is 

relatively accurate. However, neither simulation 

results match experimental results well. Further 

investigation is required to explain the discrepancy. 
 

Table 2. Comparison of structural instability between 

Sabat's and 3D plate models. 

 
Exp. [3] Sabat [3] 3D plate 

Non-slotted 

(1st mode) 
730.0 

938.7 

(28.6%) 

928.9 

(27.4%) 

Slotted 

(1
st
 mode) 

640.0 
863.3 

(35%) 

892.2 

(39.4%) 

# of 

Elements 
N/A 

40,000 
(Approx.) 

1,000 
(Approx.) 

Note:  (  ) is  difference between FEM and experiment: 

|FEM – Exp.|/Exp × 100 (%). 

5.2 Structural instability of four design concepts 

of SWASS 

AFRL recently provided four novel design concepts 

of SWASS for parameterization with varying panel 

dimensions and boundary conditions for prediction 

of buckling and failure.  

 

Fig. 6 shows the buckling comparison of a 3D plate 

model for the multiple-tube slotted waveguide 

structures. These are three-tube slotted waveguides 

with simply supported (SS) and clamped-clamped 

(CC) boundary conditions on both ends, under 

distributed uniaxial load on the cross-section of the 

waveguide tube. Critical buckling is normalized by 

the 1st global buckling of concept 1 with the SS 

boundary condition. The SS boundary condition on 

both ends may not be realistic, but is useful as a 

lower bound for a more conservative buckling load 

than the CC boundary condition on both ends. The 

local buckling loads are approximately 1.5 times 

higher when slotted waveguides are designed with 

thin metallic foil tube with fiber skins (concept 3 and 

concept 4). Concepts 1 and 2, which have a carbon 

fiber tube with composite laminate skins, in contrast, 

have a low critical buckling load. 
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Fig. 6. Buckling response of three-tube slotted 

waveguides. Normalized buckling factor is buckling 

factor/(1
st
 global buckling factor (SS) at concept1). 

 

Contour plots of buckling mode shapes deformation 

are shown in Fig. 7. The transverse deflection 

pattern of the SS case looks like Euler beam-column 

behavior: a half sinusoid wave as shown Fig. 7(a). 

But, another pattern of the deflections of the CC are 

illustrated in Fig. 7(b). Many sinusoidal waves are 

seen in top face sheet layers (we call it a local mode) 

that are structurally weakened by slots. One 

interesting result is shown in Fig. 7(c) where local 

buckling was found at the bottom panel in concept 4, 

rather than on top, even though top face sheet layers 

are considered to be softer stiffness. This indicates 

that bottom face sheet layers more carry load when 

the uniaxial load is applied, and resulted in their 

buckling first.  

 

(a) Concept 2, SS,  

global mode 

(b) Concept 3, CC,  

local mode 

(c) Concept 4, CC, local mode 

Fig. 7. Contour of buckling mode shapes. 

 

Top view Bottom view 

ICCM19 2017



 

 

The consideration of mass effect is substantial for 

lightweight design. Another plot of the non-

dimensional, uniaxial buckling load normalized by 

mass for the four waveguide concepts is shown in 

Fig. 8. On the vertical axis, the mass-normalized 

buckling load is plotted where normalized buckling 

factor is divided by the normalized mass of concept 

1. Three curves are shown, corresponding to the 

normalized buckling factors in Fig. 6. These are 

similar to those of Fig. 6. Most importantly, however, 

this figure provides insight into buckling variation 

over mass ratio and provides a lightweight design 

criterion. In local buckling, the thin metallic foil 

composite waveguides have high stiffness, as well as 

mass efficiency, even though they are composed of 

metal foil having high mass density. For global 

buckling, concept 1 has good mass efficiency, since 

it is a composite structure and the lightest of all four 

concepts.  
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Fig. 8. Mass-normalized buckling of three-tube slotted 

waveguides. Normalized BF = Buckling factor/(1
st
 global 

buckling factor(SS) at concept1). Normalized Mass = 

mass at each concept/(Mass at concept1) 

6. Conclusions and Future Work 

This research presents modeling and analysis of the 

four novel SWASS design concepts. The waveguide 

core tubes, which consist of electromagnetically 

conducting composite or metallic materials, are 

expected to be strengthened by top and bottom face 
sheet laminates. The equivalent model was proposed 

and compared to an analytical approach. This 

method is important in that it is cost-effective by 

simplifying 3D structure into 2D plate model to 

indicate rough trends, but also leads to substantial 

approximation error when smearing the effect of 

slots. For higher fidelity, 3D plate FEM models for 

these structures are proposed to evaluate the 

mechanical failure and lightweight design criteria. 

The results of this study indicate that the metallic 

foil waveguides have higher stiffness as well as 

mass efficiency.  

 

For future work, our study will be extended to 

optimization in design as well as nonlinear structural 

analysis. Furthermore, nonlinear structural analysis 

will provide parameters for a wider range of design 

criteria of the waveguide structures.  
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

  Braided fabrics are one of typical textiles along 

with woven fabrics and knitted fabrics. The 

schematic image of braided fabrics was shown in 

Fig.1. Braided fabrics were composed of a lot of 

yarns which oriented diagonally called braiding 

yarns (BY). And yarns called middle-end-yarns 

(MEY) can be inserted into braiding yarns along the 

longitudinal direction. As materials for braiding 

yarns and middle-end-yarns, various kinds of fibers, 

such as glass fiber, carbon fiber and aramid fiber, 

can be used. One of the important features of 

braided fabrics is the capability to change the 

orientation angle of braiding yarns called braiding 

angle (at ±θ degrees to longitudinal direction). 

Braiding angle can be changed freely as shown in 

Fig.2. In addition, another unique feature of braided 

fabrics is the continuity of all fibers. All fibers are 

continuously oriented  from one end to the other end 

and subjected to forces evenly. Therefore braided 

fabrics have been expected to be excellent preforms 

for reinforcements of composite materials with 

excellent mechanical properties, and it enables to 

produce excellent structural parts according to 

various kinds of requirements. 
  However it is very difficult to design braided 

composites according to requirements. In previous 

study, it was clarified that the internal structure of 

braided composites depended on four internal 

structural parameters in Fig.3 (braiding angle, 

distance between braiding yarns, area and cross-

sectional shape of fiber bundles of braiding yarns). 

These parameters have the interrelationship with 

each other. For example, in the case of popular 

plain-woven fabrics, the orientation angle of yarns 

and the distance between yarns are constant. While, 

in the case of braided fabrics, when braiding angle is 

changed, the distance between braiding yarns, the 

area and the cross-sectional shape of fiber bundles of 

braiding yarns are also changed automatically. 

Therefore it’s very difficult to design braided 

composites and the practical realization has been 

delayed in comparison with other textiles.  

  The purpose of this study is to clarify the 

interrelationship between internal structural 

parameters. In order to clarify the interrelationship, 

braided fabrics were fabricated on a tapered tubular 

mandrel with constant braiding angle to control 

distance between braiding yarns. In order to estimate 

the interrelationship between internal structural 

parameters quantitatively, cross-sectional 

observation was conducted and internal structural 

parameters were quantified. From these results, the 

interrelationships were mathematized and data bases 

for investigation were obtained. As the result, 

numerical models for braided composites with or 

without middle-end-yarns were constructed to 

predict internal structural parameters. Based on the 

result, the prediction method of internal structural 

parameters of braided composites with thermoset 

resin was proposed. 

 

 
Fig.1 Schematic image of braided fabrics. 

 

  
Fig.2 Braided composites. 
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PREDICTION METHOD OF INTERNAL STRUCTURE 

FOR DESIGNING BRAIDED COMPOSITES  

WITH THERMOSET RESIN 

 
Fig.3 Internal structural parameters. 

 

2 Method 

2.1 Materials 

  As materials for braided composites, two types 

of prepreg yarn which were impregnated with epoxy 

38 wt% were used. One with the filament number of 

12000 was called type “12k” (T700-12-RC38%-

SX3: JX Nippon oil & Energy). The other with the 

filament number of 6000 was called type “6k” 

(T700-6-RC38%-SX3: JX Nippon oil & Energy). 

The carbon fiber properties for prepreg yarn were 

shown in Table 1.  

 

2.2 Fabrication 

  A braiding machine was used to fabricate 

braided composites. The machine was shown in 

Fig.4. The braiding machine is mainly composed of 

two mechanism; carrier moving mechanism and 

take-up mechanism. Braided fabrics were fabricated 

by rotating bobbin carriers with prepreg yarns 

(carrier moving mechanism) and by pulling the 

mandrel with braided prepreg yarns (take-up 

mechanism). Braiding angle was decided by the 

relative speed of the rotating speeed and the pulling 

up speed. One layer of braided fabrics was prepared 

on a tapered mandrel with 1m length and the 

diameter was changed from 30 to 100mm. The 

mandrel was shown in Fig.5. 48 bobbins for braiding 

yarns and 24 bobbins for middle-end-yarns were 

used for a fabrication. The braiding angle was 

constant with 45 or 65degrees. Preforms were 

wrapped with PET tape with 25mm width and cured 

in an oven at 130℃ for 2 hours and 150℃ for 2 

hours. After that, braided composites were removed 

from the mandrel. The braided composites were 

shown in Fig.6.  

 

 
Fig.4 Braiding machine. 

 

 
Fig.5 Tapered tubular mandrel. 

 

 
Fig.6 Tapered tubular Braided composites. 

Table 1 Properties of carbon fibers. 
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3 

 

2.3 Experimental procedure 

  In order to investigate the interrelationship 

between internal structural parameters, three 

specimens were fabricated from different 

combinations of braiding yarns and middle-end-

yarns as shown in Table 2. Specimens were named 

depending on combinations of BY and MEY. For 

example, the specimen was called “T-12k-6k” when 

the filament number of braiding yarns was 12000 

and that of middle-end-yarns was 6000.  

 

Table 2 Specimen conditions. 

 
 

  Cross-sectional observation was conducted in 

order to quantify internal structural parameters as 

follows: Specimens were cut along a braiding yarn 

at each inner diameter (30, 40, 50, 60, 70, 80, 90, 

100mm) as shown in Fig.7. Each cut specimen was 

embedded into thermoset resin. The cross sections 

were polished and observed using an optical 

microscopy (PME3: Olympus Corporation). Internal 

structural parameters were quantified from the 

images. The schematic image of cross-sections along 

a braiding yarn was shown in Fig.8. As shown in 

Fig.8, each cross-section of fiber bundles was 

assumed as an elliptical shape. Gray elliptical shape 

was a braiding yarn and white one was a middle-

end-yarn. Major axis and minor axis of fiber bundles 

of braiding yarns were measured in each cross-

section. 

 

 
Fig.7 Points where specimens were cut. 

 
Fig.8 Schematic image of cross-sections. 

2.4 Quantification 

  Calculation methods to quantify internal 

structural parameters were described below. 

Distance between braiding yarns L was calculated as 

follows: 

 

𝐿 =
𝜋𝐷𝑐𝑜𝑠𝜃

𝑁𝐵𝑌 2⁄
       (1) 

 

where D is diameter of mandrel, 𝜃 is braiding angle,  

and 𝑁𝐵𝑌 is number of bobbins for braiding yarns.  

  In order to estimate cross-sectional shape of 

fiber bundles of braiding yarns quantitatively, aspect 

ratio of fiber bundles cross-section was defined. 

Aspect ratio was calculated by dividing minor axis 

by major axis as follows: 

 

𝐴𝑠𝑝𝑒𝑐𝑡 𝑟𝑎𝑡𝑖𝑜 =
𝐴𝑆

𝐴𝐿
       (2) 

 

where 𝐴𝐿 is major axis and 𝐴𝑆 is minor axis of fiber 

bundles of braiding yarns.     

  Additionally, gap between braiding yarns was 

defined as Gap and calculated by subtracting major 

axis from distance between braiding yarns as 

follows: 

 
𝐺𝑎𝑝 = 𝐿 − 𝐴𝐿          (3) 

 

Gap between braiding yarns causes a decrease in 

mechanical properties of braided composites and 

affects the appearance of products. Therefore gap 

between braiding yarns also should be considered. 

  In this study, the relationships between distance 

between braiding yarns and major axis or aspect 

ratio of fiber bundles of braiding yarns or gap 

between braiding yarns were investigated. 

 

3. Results 

3.1 Observation results and interrelationship 

between internal structural parameters for 

braided structure without middle-end-yarns. 

  First, in order to clarify the interrelationship 

between internal structural parameters of braided 

composites, a braided structure without middle-end-

yarns “T-12k-none” was investigated. Cross-

sectional photographs of “T-12k-none” 

(𝜃=65degrees) in diameter of (a) 30mm, (b) 60mm 

and (c) 90mm were shown in Fig.9. Each fiber 

bundle of braiding yarns was assumed as elliptical 

shape respectively. As shown in these photographs, 
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with increasing the diameter of mandrel 

corresponding to distance between braiding yarns as 

shown in equation (1), cross-sectional shapes of 

braiding yarns tended to flatten and thickness of a 

layer of braided composites was decreased. 

Additionally, gap between braiding yarns was 

increased with increasing the diameter of mandrel. 

 

 
Fig.9 Cross-sectional photos of “T-12k-none” in 

diameter of mandrel of (a) 30mm, (b) 60mm and (c) 

90mm (θ = 65degrees). 

 

  In order to estimate the observation results 

quantitatively, the relationships for “T-12k-none” 

between distance between braiding yarns and major 

axis or aspect ratio of fiber bundles of braiding yarns 

or gap between braiding yarns were investigated. 

The relationship between aspect ratio and distance 

between braiding yarns for “T-12k-none” was 

shown in Fig.10. Each data point was represented by 

a solid square for 65 degrees or an open square for 

45 degrees. Aspect ratio was decreased with 

increasing distance between braiding yarns. 

Regardless of the difference in braiding angle, each 

data seemed to be continuous and on a same curve. 

In this relation, both aspect ratio and distance 

between braiding yarns should have a minimum and 

positive value geometrically. Therefore distance 

between braiding yarns converged on a certain value 

with increasing aspect ratio, and aspect ratio also 

converged on a certain value with increasing 

distance between braiding yarns. From this trend, the 

relationship between aspect ratio and distance 

between braiding yarns was approximated by a 

fractional function. The approximate expression F(x) 

was given by: 

 

𝐹(𝑥) =
𝑎

(𝑥 − 𝑏)
+ c       (4) 

 

where F(x) is aspect ratio, x is distance between 

braiding yarns, a is proportional constant, b is the 

minimum distance between braiding yarns and c is 

the minimum aspect ratio. This expression meant 

that x converged on b with increasing aspect ratio 

and F(x) converged on c with increasing distance 

between braiding yarns. First, b was determined 

when neighboring braiding yarns were contacted 

with each other and the maximum aspect ratio was 1 

(𝐴𝐿=𝐴𝑆) as shown in Fig.11. Then b was equal to 

major axis and minor axis of fiber bundles of 

braiding yarns. In other words, b was equal to the 

diameter of fiber bundles of braiding yarns. 

Therefore, b was given by: 

 

𝑆𝐵𝑌 =
𝜋𝐴𝐿

2

4
=

𝜋𝐴𝑆
2

4
=

𝜋𝑏2

4
      (5) 

∴ 𝑏 = √
4𝑆𝐵𝑌

𝜋
                  (6) 

 

where 𝑆𝐵𝑌  is area of a fiber bundle of a braiding 

yarn. After b was calculated as above, a and c were 

determined by changing a and c to make 

approximate expression F(x) as close as possible to 

measured values and the values of the parameters 

were shown in Table 3. The approximated curve was 

shown as a solid line in Fig.10.  

 
Fig.10 Relationship between aspect ratio and 

distance between braiding yarns for “T-12k-none”. 
 

  
Fig.11 Minimum distance between braiding yarns b 

when aspect ratio was maximum (=1). 
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Table 3 Parameters in F(x) for “T-12k-none”. 

  

Based on the result, major axis of fiber bundles 

of braiding yarns and gap between braiding yarns 

were calculated. By using a formula for area of an 

ellipse corresponding to the cross-sectional shape of 

braiding yarns and F(x), major axis 𝐴𝐿(𝑥)  was 

calculated as follows: 

 

𝑆𝐵𝑌 = π (
𝐴𝐿

2
) (

𝐴𝑆

2
)               (7) 

𝐴𝑆 = 𝐴𝐿𝐹(𝑥)                                     (8) 

∴ 𝐴𝐿(𝑥) = √
4𝑆𝐵𝑌

𝜋𝐹(𝑥)
              (9) 

 

The relationship between major axis and distance 

between braiding yarns was shown in Fig.12. Each 

data point was measured values of major axis and a 

solid line was calculated values of that by equation 

(9). Major axis was increased with increasing 

distance between braiding yarns. Calculated values 

of major axis had good agreement with measured 

values of that. 

 

 
Fig.12 Relationship between major axis and distance 

between braiding yarns for “T-12k-none”. 

 

  In addition, based on the result, gap between 

braiding yarns 𝐺𝑎𝑝(𝑥) was calculated by subtracting 

calculated major axis from distance between 

braiding yarns as follows: 

 

𝐺𝑎𝑝(𝑥) = 𝑥 − 𝐴𝐿(𝑥)                           (10) 

 

The relationship between Gap and distance between 

braiding yarns was shown in Fig.13. Each data point 

was measured values of Gap and a solid line was 

calculated values of that by equation (10). Gap was 

increased with increasing distance between braiding 

yarns. Calculated values of gap between braiding 

yarns had good agreement with measured values of 

that. 

 

 
Fig.13 Relationship between Gap and distance 

between braiding yarns for “T-12k-none”. 

 

Consequently, it was suggested that internal 

structural parameters of braided composites (aspect 

ratio and major axis of fiber bundles of braiding 

yarns, gap between braiding yarns) could be 

calculated by the following procedure in Fig.14. 

 

 
 

Fig.14 Procedure to calculate internal structural 

parameters of braided composites. 

 

3.2 Effects of filament number of middle-end-

yarns on internal structural parameters for 

braided structure with middle-end-yarns. 

  In the next place, in order to investigate effects 

of filament number of middle-end-yarns on internal 

structural parameters, three specimens: “T-12k-
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none”, “T-12k-6k” and “T-12k-12k” were 

investigated. The relationships between aspect ratio 

and distance between braiding yarns were shown in 

Fig.15. Each data point was  represented by a solid 

and open square for “T-12k-none”, triangle for “T-

12k-6k” and circle for “T-12k-12k” with 65 and 45 

degrees in braiding angle. Based on the preceding 

section 3.1, as with “T-12k-none”, each result for 

“T-12k-6k” and “T-12k-12k” was approximated 

respectively by determining parameters a, b and c in 

F(x). Because same type of braiding yarns “12k” 

was used to fabricate each specimen, the way to 

determine b was same for each specimen. Therefore 

the value of b for each specimen was also same. 

Then, a and c were determined by changing a and c 

to make each approximate expression F(x) as close 

as possible to each measured value. The values of 

parameters were shown in Table 4. The 

relationship between a and filament number of 

middle-end-yarns were shown in Fig.16. The 

relationship between c and filament number of 

middle-end-yarns were shown in Fig.17. Then, a 

was increased and c was decreased in proportion to 

filament number of middle-end-yarns and each 

parameters were represented as follows: 
 

𝑎(𝑛𝑀𝐸𝑌) = 0.0083𝑛𝑀𝐸𝑌 + 0.089       (11) 

𝑐(𝑛𝑀𝐸𝑌) = −0.0020𝑛𝑀𝐸𝑌 + 0.054    (12) 

 
where 𝑛𝑀𝐸𝑌 is filament number of middle-end-yarns 

(ex. 12k: 𝑛𝑀𝐸𝑌=12, 6k: 𝑛𝑀𝐸𝑌=6). It was found that a 

and c could be represented as a function of distance 

between braiding yarns. Each approximated curve 

was shown as a solid or a dashed line in Fig.15. 

Aspect ratio was increased with increasing filament 

numbers of middle-end-yarns in shorter distance 

between braiding yarns of 2.0-6.0mm, and decreased  

in longer that of 6.0-10.0mm.  
 

 
Fig.15 Relationship between aspect ratio and 

distance between braiding yarns for “T-12k-none”, 

“T-12k-6k” and “T-12k-12k”. 

Table 4 Parameters in F(x) for “T-12k-none”, “T-

12k-6k” and “T-12k-12k”. 

 
 

 
Fig.16 Relationship between a in F(x) and filament 

number of middle-end-yarns. 

 

 
Fig.17 Relationship between c in F(x) and filament 

number of middle-end-yarns. 

 

In order to clarify the deformation mechanism of 

cross-sectional shape of braiding yarns, cross 

sectional photos were investigated in more detail.    

  First, the deformation mechanism in shorter 

distance between braiding yarns of 2.0-6.0mm was 

described below. Cross-sectional photos of “T-12k-

12k” or “T-12k-none” at about 2.0mm in distance 

between braiding yarns were shown in Fig.18. These 

photos were typical ones in distance between 

braiding yarns from 2.0 to 6.0mm. As shown in 

Fig.18 (1) for “T-12k-12k”, braiding yarns were 

compressed and by middle-end-yarns. Therefore 

major axis were shortened more and minor axis were 

lengthened more than the condition without middle-

end-yarns in Fig.18 (2) for “T-12k-none”. Thus 
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aspect ratio was increased, and a tended to increase 

in proportion to filament number of middle-end-

yarns. 

  Next, the deformation mechanism in longer 

distance between braiding yarns of 6.0-10.0mm was 

described below. Typical Cross-sectional photos of 

“T-12k-12k” or “T-12k-none” at about 10.0mm in 

distance between braiding yarns were shown in 

Fig.19. As shown in Fig.19 (2) for “T-12k-none”, 

fiber bundles of braiding yarns parallel to the cross-

section were crimped along the intersectional fiber 

bundles of braiding yarns because middle-end-yarns 

were not between braiding yarns, and the 

intersectional fiber bundles were compressed 

because of the crimp. Therefore major axis of 

braiding yarns were shortened and minor axis of 

braiding yarns were lengthened by the pressure from 

braiding yarns parallel to the cross-section with 

larger crimp. Meanwhile, as shown in Fig.19 (1), the 

deformation of braiding yarns was restrained in the 

presence of middle-end-yarns because middle-end-

yarns also sustained the pressure from braiding yarns 

parallel to the cross-section. Thus c representing the 

minimum aspect ratio was decreased in proportion to 

filament number of middle-end-yarns. As the result, 

aspect ratio could be calculated by F(x) even if 

filament number of middle-end-yarns were changed, 

and structural deformation mechanism was clarified. 

  In addition, along with “T-12k-none”, each 

major axis and Gap as a function of distance 

between braiding yarns was calculated respectively 

for “T-12k-6k” and “T-12k-12k”. The relationships 

between major axis and distance between braiding 

yarns were shown in Fig.20. Each data points was 

the measured value of major axis, and a solid or 

dashed line was the calculated value of that by 

equation (9) for “T-12k-none”,  “T-12k-6k” and ”T-

12k-12k”. Major axis was increased with increasing 

distance between braiding yarns. Each calculated 

value had good agreement with each measured value. 

  The relationships between Gap and distance 

between braiding yarns were shown in Fig.21. Each 

data point was the measured value of gap between 

braiding yarns, and a solid or dashed line was the 

calculated values of that by equation (10) for “T-

12k-none”,  “T-12k-6k” and ”T-12k-12k”. Gap 

between braiding yarns was increased with 

increasing distance between braiding yarns. Each 

calculated value also had good agreement with each 

measured value. 

   
Fig.18 Cross-sectional photos at about 2.0 mm in distance between braiding yarns. 

 

 

  
Fig.19 Cross-sectional photos at about 10.0 mm in distance between braiding yarns. 
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Fig.20 Relationship between major axis and distance 

between braiding yarns for “T-12k-none”, “T-12k-

6k” and “T-12k-12k”. 

 

 
Fig.21 Relationship between gap between braiding 

yarns and distance between braiding yarns for “T-

12k-none”, “T-12k-6k” and “T-12k-12k”. 

 

  In the preceding section 3.1, the procedure to 

calculate internal stractural parameters of braided 

composites without middle-end-yarns was proposed. 

Additionally, in this section, internal strucutural 

parameters with considering middle-end-yarns were 

investigated. As the result, effects of filament 

number of middle-end-yarns on internal strucutral 

parameters were found as follows: Aspect ratio of 

fiber bundles of braiding yarns corresponding to 

cross-sectional shape of fiber bundles could be 

calculated by F(x) and calculating the parameters a 

and c in F(x) according to filament number of 

middle-end-yarns. And the result suggested that 

internal strucutre of braided composites could be 

predicted if the relationship between internal 

structural parameters and conditions of fabrication, 

such as property of fiber, was clarified. Here, the 

procedure to predict internal stractural parameters of 

braided composites was proposed as shown in 

Fig.22: First, conditions of fabrication for braided 

composites were determined. Then distance between 

braiding yarns and parameters (a, b, c) in F(x) were 

also determined automatically. Next, aspect ratio 

could be predicted by F(x) in equation (4). Based on 

the prediction result, automatically, major axis of 

fiber bundles of braiding yarns could be predicted by 

AL(x) in equation (9) and gap between braiding yarns 

could be predicted by Gap(x) in equation (10). 

 

 
Fig.22 Procedure to predict internal structural 

parameters of braided composites . 

 

4 Conclusion 

  In this study, the prediction method of internal 

structure for designing braided composites was 

proposed. Following results were obtained; 

 Aspect ratio, major axis of fiber bundles of 

braiging yarns and gap between braiding yarns 

were functions of distance between braiding  

yarns regardless of the difference in braiding 

angle.  

 Aspect ratio for fiber bundle cross-sections of 

braiding yarns as a function of distance between 

braiding yarns could be approximated by a 

fractional function F(x) .  

 Major axis of fiber bundles of braiding yarns and 

gap between braiding yarns as a function of 

distance between braiding yarns could be 

calculated based on the approximate expression 

F(x).  

 Parameters a and c in F(x) could be represented 

as a function of filament number of middle-end-

yarns. 
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1) Introduction  

Piezoelectric materials (e.g. lead zirconate titanate, 

barium titanate) with their unique electromechanical 

characteristics, have enabled the successful design 

and fabrication of components for a wide range of 

applications such as sensors, actuators, ultrasound 

imagers and hydrophones. The two main approaches 

that are typically invoked in enhancing the 

properties of monolithic piezoelectric materials and 

the devices made of piezoelectric materials are: (i) 

The additive approach, wherein two or more 

constituents are added to create several types of 

piezoelectric composites, thereby enhancing the 

overall electromechanical response of piezoelectric 

composites; (ii) The subtractive approach, wherein 

controlled porosity is introduced in the monolithic 

materials to create porous piezoelectric materials, 

thereby enhancing the signal to noise ratios, 

impedance matching, and piezoelectric figures of 

merits such as piezoelectric charge coefficients (dh) 

and the hydrostatic figures of merit (dhgh) and thus 

making them useful for applications such as 

hydrophone devices.  

Porous piezoelectric materials are classified as 3-0 

type (porosity is enclosed in all three dimensions), 3-

1 type (porosity exhibits connectivity in 1-direction 

and the matrix phase is connected in all directions), 

and 3-3 type (porosity exists in an open 

interconnecting network where both the porosity and 

matrix phase exhibits connectivity in all the three 

dimensions). Several analytical [1-3], numerical [4-

10], and experimental [11-14] studies have focused 

on understanding and characterizing the effect of 

porosity on the electromechanical response of (zero-

dimensional (3-0), one-dimensional (3-1) and three-

dimensional (3-3)) porous piezoelectric materials.  

 

 

Dunn and Taya [1] presented an analytical model to 

predict the electromechanical response of porous 

piezoelectric materials with zero-dimensional (3-0) 

and one-dimensional (3-1) connectivity. Iyer and 

Venkatesh [4-5] and Kar-Gupta and Venkatesh [6-7] 

developed finite element models to study porous 

piezoelectric materials and demonstrated that the 

porosity shape, orientation, distribution, and 

connectivity in piezoelectric materials can 

significantly influence the performance 

characteristics of zero-dimensional (3-0) and one-

dimensional (3-1) porous piezoelectric materials. 

Bosse et al. [10] developed a unit-cell based finite 

element model to study the electromechanical 

response of 3-3 piezoelectric foams and 

demonstrated that the foam shape and porosity 

aspect ratio can significantly influence the 

performance characteristics of 3-3 piezoelectric 

foams. Nagata et al. [11] synthesized PZT-based 

piezoelectric materials with 3-3 type interconnected 

porosity using a modified sintering method and 

demonstrated that 3-3 type porous materials 

exhibited improved hydrophone sensitivity and 

improved output characteristics as compared to that 

of pore-free PZT materials.  

In addition to analytical, numerical, and 

experimental studies on porous piezoelectric 

materials, several studies have focused on analysing 

different piezoelectric materials especially lead-free 

materials (barium sodium niobate (BNN) [15], 

barium titanate (BaTiO3) [16] and relaxor 

ferroelectrics (RL) [17-20]). For example, Bao et al. 

[15] synthesized barium sodium niobate using 

BaCO3 and Nb2O5 in molten NaCl via templated 

grain growth procedure. Kumar et al. [16] 

demonstrated enhanced dielectric properties with 

increase in zirconium contents in barium titanate. 
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Overall several analytical, numerical and 

experimental studies have demonstrated that 3-3 

type porous piezoelectric materials exhibit a 

combination of properties that are desirable for 

practical applications such as hydrophones. 

However, a comprehensive study of the effect of 

foam shape and simultaneously piezoelectric 

material properties in a range of piezoelectric 

material systems such as barium sodium niobate, 

barium titanate, and relaxor ferroelectric material on 

the overall electromechanical response of 3-3 porous 

piezoelectric foams is not yet available. Hence the 

objectives of the present study are: 

 

(i) to develop a unit-cell based finite element 

model to predict complete elastic, dielectric and 

piezoelectric properties of 3-3 type 

piezoelectric foams; 

 

(ii) to study the effects of foam shape, porosity 

aspect-ratio, porosity volume fraction and 

simultaneously the fundamental piezoelectric 

material properties on the effective 

electromechanical response of 3-3 type 

piezoelectric foams;  

 

(iii) to assess the effects of foam shape, porosity 

aspect-ratio, porosity volume fraction and 

simultaneously the fundamental piezoelectric 

material properties on the effective figures of 

merit of 3-3 type piezoelectric foams. 

 

2. Classification of Piezoelectric Foam structures 

To study the effect of foam shape, and porosity 

aspect ratio of piezoelectric foams on their effective 

electromechanical properties, 9 characteristic foam 

shapes are identified based on their structural aspect 

ratio and porosity aspect ratio (Figs. 1 and 2). 

(i) The “equiaxed’’ (L1=L2=L3) foam structure 

(Class II) and cuboidal porosity (with a 

porosity aspect ratio of 1, b=a) is indentified as 

the reference structure. 

(ii) Depending on the variations in the structural 

aspect ratio of unit cell of foam structure (i.e., 

less than 1 or greater than 1) along with the 

poling direction (i.e., 2-direction), we, 

respectively, identify “longitudinally short’’ 

(L1=L3, L2= 0.25L1) structures (Class I) or 

“longitudinally tall’’ (L1=L3, L2= 1.75 L1) 

structures (Class III). 

(iii) Depending on the variations in the porosity 

aspect ratio of unit cell of the foam structure 

(i.e., less than 1 or greater than 1), for each of 

above mentioned foam structures, we, 

respectively, identify structures with “flat” (i.e. 

b= 0.25a) or “elongated” porosity (i.e. b=4a). 

 

3. Classification of Novel Materials  

In order to study the effect of material anisotropy on 

the effective properties of 3-3 piezoelectric foams, 3 

types of novel materials are analysed. Following is 

the basic description of the materials analyzed in the 

present study: 

3.1  Barium Sodium Niobate (BNN)  

Barium sodium niobate exhibits tungsten-bronze 

structure in which all 15 and 12-fold-coordinated 

sites are occupied by Ba and Na ions [15]. Single 

crystal barium sodium niobate exhibits the lowest 

crystal symmetry of mm2 (orthorhombic crystal 

class). Table 1 shows elastic, piezoelectric and 

dielectric properties of single crystal barium sodium 

niobate. 

3.2  Barium Titanate (BaTiO3) 

Barium titanate had been shown to exhibit excellent 

piezoelectric properties and been used in various 

applications such as multi-layer ceramic capacitors 

(MLCC), positive temperature coefficient of 

resistance thermistors, piezoelectric sensors, 

transducers, actuators and ferroelectric random 

access memories and electro optic devices [16]. 

Table 1 shows the properties of single crystal barium 

titanate. Barium titanate has the highest elastic and 

dielectric properties along poling direction (i.e. 2-

direction) compared to barium sodium niobate and 

relaxor ferroelectric material. Barium titanate 

exhibits 4mm (tetragonal crystal class) crystal 

symmetry. 

3.3  Relaxor ferroelectrics 

(0.67Pb(Mg1/3Nb2/3)O3–0.33PbTiO3) 

Due to exceptionally large dielectric permittivity, 

electrostrictive and piezoelectric parameters, relaxor 

ferroelectrics was found to have excellent 

piezoelectric properties [17-20]. Table 1 shows 

various elastic, electrical and dielectric properties of 

single crystal relaxor ferroelectrics used in the 

present study. Single crystal relaxor ferroelectric 

exhibits 4mm (tetragonal crystal class) crystal 

symmetry.  
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4. Constitutive Relations for Piezoelectric 

Materials 

The constitutive relations for a piezoelectric material 

that exhibits coupling between mechanical and 

electrical properties are given by:  

j

ε

ijklikli

kijkkl

E

ijklij

EκεeD

EeεCσ




    (1) 

where σ is second-order stress tensor, ϵ is second-

order strain tensor, C
E 

is fourth-order elasticity 

tensor with superscript “E’’ indicating elasticity 

tensor corresponding to measurement of C at 

constant/zero electric field, D is electric 

displacement vector, E is the electric field vector and 

K
ϵ 

is second-order permittivity tensor measured at 

constant/zero strain. The subscripts i, j, k, l varies 

from 1 to 6. Eq. (1) is the most general 

representation of the constitutive behaviour of 

piezoelectric materials and has 21 elasticity, 18 

piezoelectric and 6 permittivity constants that are 

independent material properties. Thus a complete 

characterization of piezoelectric foams in the linear 

elastic domain requires an identification of all 45 

independent constants. 

 

5. Finite Element Modelling 

A unit cell-based three-dimensional finite element 

model was developed to determine 45 independent 

elastic, piezoelectric and dielectric coefficients and 

the figure of merit of the 3-3 type piezoelectric foam 

structures over a range of foam shape, porosity 

aspect-ratio, porosity volume fraction and 

simultaneously the fundamental piezoelectric 

material properties using commercially available 

software ABAQUS. Eight node linear piezoelectric 

brick elements (C3D8E) are utilized for 

piezoelectric foam structures where each node is 

allowed four degrees of freedom (three translational 

and one electric potential). It is assumed that the 

piezoelectric material is poled in 2-direction. 

Various boundary conditions were invoked so that 

deformation and electric potential across the 

boundaries of representative unit cell is compatible 

with deformation of adjacent unit cell [10]. Detailed 

finite element procedure and boundary conditions 

are presented in Bosse et al. ([10]). 

 

 

6. Results and Discussions 

Figs. 3 and 4 shows the variation of elastic, 

piezoelectric and dielectric properties and  figures of 

merit with increasing material volume fraction for 3 

different classes (Class I, Class II, Class III) with 

porosity aspect ratios of b=0.25a, b=a and b=4a and 

material anisotropy. The following observations can 

be made.  

(i) Elastic, piezoelectric and dielectric properties 

increase non-linearly with increasing material 

volume fraction for all material. In general, 

barium titanate exhibits higher dielectric 

constants (κ22) in longitudinal direction (parallel 

to poling direction) as compared to barium 

sodium niobate and relaxor ferroelectrics. For 

example, at 62% material volume fraction, the 

fundamental dielectric constant, κ 22 for barium 

titanate is 0.922E-08 C
2
/Nm

2
 and κ22 for barium 

sodium niobate and relaxor ferroelectric are 

0.16E-08 C
2
/Nm

2 
and 0.37E-08 C

2
/Nm

2
 

respectively for equiaxed structure (i.e. Class II 

with L1=L2=L3) with elongated porosity aspect 

ratio (with b=4a). In transverse direction (i.e. 

perpendicular to poling direction), barium 

sodium niobate exhibits highest elastic constants 

in 1-direction (C11) as compared to barium 

titanate and relaxor ferroelectrics.  

(ii) For foam structures made of barium sodium 

niobate and barium titanate, the principal 

electromechanical properties in transverse 

direction (perpendicular to poling direction) 

such as C11, and κ11 are higher for foam structure 

with flat cuboidal porosity (i.e. b=0.25a) as 

compared to cuboidal and elongated cuboidal 

porosity (i.e. b=a, or b=4a) whereas in 

longitudinal direction (parallel to poling 

direction) electromechanical properties such as 

C22, κ22 and e22 are equal or higher for foam 

structures with elongated porosity (i.e. b=4a)  as 

compared to lower porosity aspect ratios i.e. 

b=0.25a (flat cuboidal) and b=a (cuboidal). On 

the other hand for relaxor ferroelectrics, elastic 

properties in transverse and longitudinal 

direction i.e. C11 and C22 respectively, are higher 

for cuboidal porosity aspect ratio (i.e. b=a) 

compared to flat-cuboidal (i.e. b=0.25a) and 

elongated cuboidal (i.e. b=4a) porosity aspect 

ratios for all classes except Class I, the elastic 

constant C11 are high for flat-cuboidal porosity 
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aspect ratio (i.e. b=0.25a) compared to other 

porosity aspect ratios).  

(iii) In general, the figures of merits such as 

piezoelectric charge coefficient (dh), the 

piezoelectric voltage coefficient (gh) and the 

hydrostatic figure of merit (dhgh) for foams 

structures made of different piezoelectric 

materials can be enhanced significantly by 

changing the structural aspect ratio and porosity 

aspect ratio (Fig. 4).  For example, at 70% 

material volume fraction, dh, gh, and dhgh are, 

respectively, increased by  21%, 360%, 457% 

for barium sodium niobate, 75%, 548%, 1037% 

for barium titanate and 12%, 221% and 259% 

for relaxor ferroelectrics by changing shape of 

the porosity for equiaxed foam (L1=L2=L3) 

structure (Class II) from a cuboidal shape (i.e. 

b=a) to a flat-cuboidal (i.e. b=0.25a).  

(iv) Piezoelectric coupling constant (Kt) for the foam 

structures have shown increase with increase in 

porosity volume fractions. By inducing porosity 

in all materials, relaxor ferroelectric has shown 

maximum increase of 51% in piezoelectric 

coupling constant (Kt) whereas barium sodium 

niobate (BNN) has lowest increase of only 

7.6%. At about 97 % porosity volume fraction 

for equiaxed (L1=L2=L3) foam structure (Class 

II) with cuboidal porosity shape (i.e. b=a), 

relaxor ferroelectrics exhibit highest 

piezoelectric coupling constant (Kt ~0.954), 

barium sodium niobate exhibits lowest 

piezoelectric constant (Kt ~0.240), and barium 

titanate showed intermediate behaviour with (Kt 

~0.442). 

 

7. Conclusions 

Porous piezoelectric materials, especially 3-3 type 

porous piezoelectric materials exhibit a combination 

of properties that are desirable for certain practical 

applications such as hydrophones. However, a 

comprehensive study of the effect of foam 

microstructural features and simultaneously material 

anisotropy on the overall response of 3-3 

piezoelectric foam structures is not yet available. 

Hence, the present study is focused on developing a 

comprehensive understanding of the effect of foam 

shape, porosity aspect-ratio, porosity volume 

fraction and simultaneously the fundamental 

piezoelectric material properties in a range of 

piezoelectric material systems such as barium 

sodium niobate, barium titanate, and relaxor 

ferroelectric material on the effective 

electromechanical response of 3-3 type piezoelectric 

foams. Among the materials analyzed, relaxor 

ferroelectrics have shown to have the highest figures 

of merits (i.e., Kt, dh, gh and dhgh) and foam 

structures made of relaxor ferroelectric are suitable 

for applications such as hydrophones. At 91.1 % 

porosity volume fraction, longitudinally short (i.e. 

Class I with L2=0.25L1) foam structure with flat-

cuboidal shape (i.e. b=0.25a) porosity, the Kt, dh, gh 

and dhgh are respectively 0.9524, 2.55E-09 m/V, 

40.1 Vm/N and 1E-07 m
2
/N for foam structure made 

of relaxor ferroelectric material.   
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Table 1. Fundamental properties of three different 

novel materials analyzed (barium sodium niobate 

(BNN), barium titanate (BaTiO3) and relaxor 

ferroelectrics (RL)). 

 

 

Fig. 1. Schematic illustrating three classes of 

piezoelectric foam structures: (a) longitudinally 

short structure (Class I); (b) equiaxed structure 

(Class II); and (c) longitudinally tall structure (Class 

III) for all three materials (barium sodium niobate 

(BNN), barium titanate (BaTiO3), and relaxor 

ferroelectrics (RL)). 

 

 

 
 
Fig. 2. Schematic illustrating 9 piezoelectric foam 

structures based on structural aspect ratio and 

porosity aspect ratio for three different classes (Class 

I, Class II, and Class III). 
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Fig. 3. Variation of the fundamental, elastic, dielectric and piezoelectric properties of three different classes 

(Class I, Class II and Class III), each with three porosity shapes of piezoelectric foam structures with respect to 

material volume fraction for different novel materials; (a) barium sodium niobate (BNN) (b) barium titanate 

(BaTiO3) and (c) relaxor ferroelectrics (RL) 
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Fig. 4. Variation of the figures of merits of three different classes (Class I, Class II and Class III), each with three 

porosity shapes of piezoelectric foam structures with respect to material volume fraction for three different novel 

materials; (a) barium sodium niobate (BNN) (b) barium titanate (BaTiO3) and (c) relaxor ferroelectrics (RL).  
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1 Introduction  

As a semi-crystalline polymer, mechanical 

properties of polypropylene (PP) are strongly 

affected by its crystalline structure and degree of 

crystallinity. The main effect of nanoparticles on PP 

is the alteration of its crystalline structure [1]. 

Monoclinic crystalline structure (α) is the most 

stable crystal form of isotactic PP (iPP). Special 

thermal/mechanical conditions or addition of 

external agent could lead to the less common 

trigonal (β) form crystals [2]. Presence of β-form 

crystals in PP could enhance its impact toughness 

[3]. Mina et al. [4] reported that adding titanium 

dioxide (TiO2) particles alters the crystalline 

structure of iPP from a mixture of α, β and γ forms 

to only α-form and decreases PP crystallite size. On 

the contrary, a β nucleating agent effect was also 

reported for CaCO3 nanoparticles used to toughen 

iPP [5, 6]. 

 

The aim of present work is to study the effect of 

adding TiO2 nanoparticles on the crystalline 

structure and mechanical properties of 

polypropylene based nanocomposites.  

 

2 Experimental 

2.1 Materials  

A homopolymer iPP resin with melt flow index 

(MFI) 2.8 dg/min and density 0.9 g/cm
3
 was used as 

the polymer matrix. An anhydride-modified 

polypropylene (AM-PP) with MFI of 3.5 dg/min and 

density of 0.89 g/cm3 was utilized as the 

compatibilizer. A commercial grade TiO2 

nanoparticle with an average primary particle size of 

21 nm was used as the additive. 

 

2.2 Nanocomposite Preparation 

The compatibilized and uncompatibilized PP/TiO2 

nanocomposites containing 1 to 15 vol% (4.6 to 45.5 

wt%) of TiO2 were prepared via a masterbatch 

method using a melt compounding process in a co-

rotating twin-screw extruder. For further 

characterization, the samples were compression-

molded into discs and dumbbell specimens. 

 

2.3 Sample Characterization 

Thermal properties and crystallization behavior of 

PP in the presence of TiO2 nanoparticles were 

analyzed using differential scanning calorimetery 

(DSC). The samples were heated up 10°C/min and 

cooled down using different cooling rates. 

Crystalline structure of the nanocomposite samples 

was investigated through wide angle X-ray 

diffraction (WAXD). Tensile characterization was 

carried out according to ASTM D638 using an 

Instron 3365 Universal Testing System. Morphology 

of the samples was studied by a JEOL scanning 

electron microscope (SEM). In order to observe 

crystal structure of iPP, the samples were etched 

using an permanganic solution as described in [7]. 

 

3 Results and Discussion 

Fig. 1a shows DSC thermograms of neat polymers 

and the nanocomposites during first melting run. As 

it can be seen, there is an extra melting peak around 

147 °C in the samples containing 1 vol% of TiO2 
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which could be attributed to the formation of β-form 

crystalline structure in the presence of TiO2. Fig. 1b 

compares XRD patterns of TiO2, neat PP and 

PP/TiO2-1 nanocomposite. Obviously, the 

nanocomposite sample has a characteristic 

diffraction peak around 16°, which corresponds to 

the (300) crystal plane of β-phase of polypropylene 

[8]. 

 

Fig. 3 representatively illustrates effect of TiO2 

nanoparticles on crystallization behavior of PP. It 

shows DSC curves of the samples recorded during 

crystallization at different cooling rates. As it can be 

seen, crystallization peak temperature (Tc) decreases 

with cooling rate in all the samples. On the other 

hand, adding nanoparticles increased Tc. It could be 

attributed to heterogeneous nucleation effect of the 

TiO2 nanoparticles. 

 

In order to calculate a value for the overall effective 

activation energy of nonisothermal crystallization 

(ΔE), the Kissinger’s method has been used [9]. It 

relates variation of Tc with cooling rate (Ф) to ΔE: 

2
ln

1

c

c

d
T E

R
d

T

 
 

   
 
 
 

                    (1) 

where R is the universal gas constant. Fig. 2 shows 

plots of ln(Ф/Tc
2
) versus 1/Tc for different samples. 

The lines represent the best linear fit on the data. 

Values of ΔE obtained from the slope of the lines are 

reported in Table 1. It shows that adding up to 3 

vol% TiO2 nanoparticles decreases activation energy 

of crystallization. However, adding 4 and 5 vol% 

nanoparticle increased the activation energy of 

crystallization to higher than ΔE of neat PP. 

 

Crystallization from polymer melts is influenced by 

nucleation and growth. Presence of nanoparticles 

leads to a heterogeneous nucleation in all the TiO2 

contents causing higher crystallization rate and 

higher Tc. However, ΔE represents the activation 

energy for the transport of the polymer molecular 

chain segments to the growing surface of crystal 

[10]. Accordingly, decrease of ΔE values in the 

presence of low contents of TiO2 (1 and 3 vol%) 

reveals that the nanoparticles do not reduce (or may 

even facilitate) the molecular chain mobility of PP in 

the melt state. Higher TiO2 contents (4 and 5 vol%) 

limit molecular mobility resulting in higher 

activation energy, but nucleation role of the 

nanoparticles is still controlling parameter leading to 

higher Tc. 

 

Fig. 4 illustrates melting behavior of the 

nanocomposite samples during the second heating 

run at rate of 20 °C/min following the nonisothermal 

crystallization at different cooling rates. It shows the 

effect of cooling rate on crystalline structure of the 

samples. DSC curves of neat PP samples (Fig. 4a) 

have single melting peaks around 160 °C associated 

with α-form crystals of isotactic PP. It is noticeable 

that the PP samples, crystallized at higher cooling 

rates, have lower melting peak temperature. All the 

PP/TiO2-1 samples have double melting point 

behavior indicating that both α- and β-form crystals 

are formed under crystallization at different cooling 

rates (Fig. 4b). It can be seen in Fig. 4b that the 

melting peak temperatures decrease by increasing 

the cooling rate. In addition, the relative intensity of 

melting peak of β-form to α-form increases with 

cooling rate. Although there is only one major 

melting peak for PP/TiO2-4 in Fig. 4c, increasing 

cooling rate leads to formation of a small peak at 

lower temperature. It could be attributed to presence 

of β-form iPP. 

 

Fig. 5 representatively depicts tensile stress-strain 

curves of PP/TiO2 nanocomposites. The elastic 

modulus of the nanocomposites increased with 

increasing TiO2 concentration, except for the 

nanocomposites containing 1 vol% of TiO2. In 

addition, presence of the β-form crystals in PP-T-1 

led to the lower tensile stress at yield, σy compared 

to the other samples. It is noticeable that the 

presence of the nanoparticles eliminated strain 

hardening in the nanocomposite containing more 

than 1 vol% TiO2. 

 

SEM micrographs from etched samples of neat iPP 

and PP/TiO2-1 are presented in Fig. 6. While a 

typical spherulitic morphology of crystals is 

observed in the neat sample (Fig. 6a), addition of 

TiO2 nanoparticles causes the formation of small and 

imperfect spherulites (Fig. 6b). 

ICCM19 2037



 

3  

Microstructure and Mechanical Properties of Isotactic Polypropylene Reinforced with TiO2 Nanoparticles 

3 Conclusion 

Adding TiO2 nanoparticles caused to formation of β-

form crystals of iPP. Nonisothermal crystallization 

analysis showed that, unlikely to concentrated 

nanocomposites, low content of the nanoparticles, 

up to 3 vol%, does not decrease molecular motion of 

PP during crystallization. It results in the lower 

values of effective activation energy of 

crystallization. Presence of β-form crystals causes 

lower elastic modulus and yield strength in the 

PP/TiO2 nanocomposites.  
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Table 1. Activation energy of nonisothermal 

crystallization. 

Sample 
ΔE 

kJ/mol 

PP 360 

PP-T-1 303 

PP-T-3 286 

PP-T-4 430 

PP-T-5 415 
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Fig. 1. (a) DSC thermograms and, (b) XRD pattern of 

PP/TiO2 nanocomposites. 

 

 

Fig. 2. Plots of ln(Ф/Tc
2
) versus 1/Tc. 

 

 

Fig. 3. DSC thermograms of non-isothermal 

crystallization at different cooling rates for (a) PP, (b) 

PP/TiO2-1 and, (c) PP-TiO2-4. 
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5  

Microstructure and Mechanical Properties of Isotactic Polypropylene Reinforced with TiO2 Nanoparticles 

 

Fig. 4. DSC melting curves after non-isothermal 

crystallization at different cooling rates for (a) PP, (b) 

PP/TiO2-1 and, (c) PP-TiO2-4. 

 

 

Fig. 5. Tensile stress versus strain of neat PP and PP/TiO2 

nanocomposites. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 6. SEM micrographs of etched samples; (a) neat PP, (b) and (c) PP/TiO2-1 vol%. 
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1 Introduction  

 

One of the most interesting preform technologies 

especially for longish geometries is the braiding 

technique. In combination with hollow and 

removable cores this technique can be one of the 

most effective for carbon fiber reinforced structures 

in high volume production. Among the composite 

applications it competes with filament winding, 

pultrusion and tape lay-up methods [1] These 

different methods are all interesting for longitudinal 

and hollow structures but limited by their 

manufacturing technology itself regarding geometry 

and textile structure. The braiding technology is 

used to manufacture near-net shaped preforms using 

a robot which guides the mandrel through the center 

of a braiding machine for overbraiding. Beside 

advantages like automation and high volume 

production, a third yarn system (0°-yarn) can be 

implemented during the braiding process. In this 

way longitudinal parts can be reinforced with 

biaxially-oriented ( torsional load ) and triaxially-

oriented yarns ( flexural load ). 

In combination with a mandrel which is suitable for 

the whole process chain (Braiding, Infusion, Curing, 

Demoulding) it becomes very interesting for high 

volume production. In order to implement a 

manufacturing process which fullfills requirements 

for high volume production, Bernet [2] shows that 

using an expandable mandrel in combination with 

braiding technology offers a good possibility for 

high volume production. An inflatable bladder offers 

the possibility to consolidate the impregnated 

preform during curing. At the end of the process the 

mandrel can be removed by simply deflating the 

bladder.by removing the pressure.  

The structure of a braid shows disadvantages 

regarding mechanical performance in comparison to 

e.g. wounded structures. Braided sleeves are built up 

by the intertwining of yarns which leads to out-of-

plane waviness due to the yarns crossing each other.  

 

 

Previous studies [3], [4] describe that CFRP 

structures which are based on braids or weaves show 

lower performance in stiffness and strength 

compared to structures based on non-crimped fabrics 

(NCF).  

The advantage of using an inflatable mandrel in 

order to reduce time and costs for the production of 

hollow braided parts is shown and already used in 

different applications, for example tennis rackets or 

bicycle parts.  

Lehmann [5] describes the draping behaviour of 

biaxial braided sleeves. This behaviour explains the 

possibility of enlarging the impregnated preform 

during curing and the simplified demoulding after 

the curing process. This studies are focused on 

biaxial structures and does not consider triaxial 

structures. 

First investigations [6] show how an inflatable 

bladder affects the laminate structure in comparison 

to a CFRP structure which is manufactured on a 

steel mandrel. Shafts are manufactured and analysed 

based on laminate quality and torsional performance. 

All are manufactured with 3 layers of braid. To gain 

first experience the inflatable bladder is pressurized 

with 4bar during the curing process. The 

enlargement caused by the bladder ranges from 

25.1mm to 26mm. A shaft with an inner diameter of 

26mm is manufactured using a steel mandrel for 

comparison. The effect on the structure is visible 

regarding fiber volume fraction (FVF), wall 

thickness and reduced undulation. Micrographs 

show the path of the braiding rovings in which the 

effect of consolidation is presented. 

Comparing torsional stiffness, the pressurized 

version presents a slightly improved performance. 

However the FVF is different, which affects the wall 

thickness. The improvement cannot be explained by 

yarn consolidation. 

Another point has to be considered regarding this 

study [6]. The pressurized version is braided over a 

mandrel with smaller outer diameter which is then 
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enlarged by inflating the bladder. For comparison, a 

steel mandrel is used to manufacture a preform 

which is directly braided on a dimension required 

for the cured part. The larger diameter of the 

mandrel leads to a lower crimp on which the 

braiding yarns have to be positioned.  

Besides the difference regarding manufacturing 

costs, it is presented that there is no disadvantage for 

the laminate structure. This study gives a first idea 

about biaxial braid behaviour. 

 

The Study presented in this work is  focused on the 

question if using an inflatable bladder gives the 

possibility of affecting the laminate quality after the 

braiding process in a positive manner. It is does not 

only consider the changes of FVF but rather the 

influence on the textile structure.  

The main intention is to gain knowledge about the 

relation between diameter and type of mandrel, 

textile structure and pressure level during curing. 

Particurlaly investigated is the behaviour of 

specimens based on a triaxial structure. 

 

Therefore, the paper is focused on laminate 

characterisation of manufactured tubes and does not 

consider mechanical properties. 

 

Another intention for this type of analysis is the 

demand for prediction of the mechanical behaviour 

of braid-based CFRP-structures. Due to the braiding 

process and the effects caused by various process 

parameters, the structural behaviour is complex and 

makes it complicated to predict the mechanical 

behaviour.  

An accurate geometric modelling of braids is 

essential for accurately defining and predicting the 

mechanical properties of the structure. [1] 

Alpyldiz [1] proposes a simple 3D geometrical 

model for the yarn paths composing of tubular 

braids, which takes the crimp of the braiding yarn 

into account.   

In the beginning of his work he describes different 

models found in literature. But most of them 

describe 2D models or do not consider the tubular 

braid or the undulation of the braiding yarn caused 

by the crimp. The model proposed by Alpyldiz has 

been applied for one layer of braid for regular, 

diamond tubular braids, and also for the triaxial 

diamond tubular braid. The latter are interesting for 

this work as the used textile structure given by the 

braiding machine and the amount of braiding yarns 

is based on biaxial and triaxial diamond braid.  

The geometrical model is compared with the shape 

and geometry of the rovings in the manufactured 

specimens. Micrographs in braiding roving direction 

present how the rovings are shaped in a cured part. 

2 The Braiding Technique 

 

During the braiding process, the bobbins move on 

the inner side of the braiding machine (Fig. 1) 

crossing sinusoidal paths. By using a pair of bobbins 

where each is running in the opposite direction, the 

yarns are crossing each other in a repeating manner. 

In that way a braided sleeve is manufactured in the 

middle of the braiding machine.  

The mandrel is guided by a robot through the center 

of the braiding machine for overbraiding. 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

A third yarn direction (0°-yarns) can be incorporated 

in between of two crossing braiding yarns. (Fig. 2) 

 

 

 

 

 

 

 

 

 
 

Fig. 3 shows how the braiding yarns (bias yarns), 

and in Fig. 4 a full amount of 0°-yarns are positioned 

on a mandrel after overbraiding. The drawing shows 

the structure and the position of the yarns on a 

mandrel with round cross section. 

 

 

 

Fig. 1 Herzog Radial Braider, 64 Carriers 

Interwoven 0°- Yarns 

Fig. 2: Braiding of a sleeve consisting of a triaxial braid 
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Depending on the application requirements and 

expected loads the most parts are designed with 

more than one layer of braid. In the pre-

dimensioning process of a part, the amount of layers 

is defined. Therefore, a preform can be 

manufactured with several amounts of layers which 

are braided on top of each other.  

3 Undulation in out-of-plane Direction 

 

Alongside parameters like yarn geometry, amount of 

yarns and layers, waviness is an essential parameter 

which affects the mechanical performance regarding 

textile structure. Waviness is described by the 

undulation in out-of-plane direction which is caused 

by the crossing points of the braiding yarns. 

In the work of Birkefeld [7] a unit cell of a biaxial 

and triaxial braid is visualized as shown in Fig. 5 

and Fig. 6. In the triaxial braid (Fig. 6) the 

undulations of braiding yarns are increased by the 

0°-yarns. The incorporated 0°-yarns are undulating 

inbetween the crossing points as well.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

 

 

 

 

 

 

In literature, it is difficult to find a clear and suitable 

definition of the undulation of the braiding yarn. 

One definition which describes the crimp of a yarn 

in a weave is given by Cherif [4]. It is described 

with the incorporated yarn length in relation to the 

original, elongated length. The disadvantage for the 

manufacturing process is that the yarn has to be 

pulled out for measurement. This kind of 

measurement is not practicable for a manufacturing 

process of CFRP structures. Therefore a method 

which can predict the undulation by using 

parameters like yarn width and layer thickness, 

without destroying the preform is interesting. In Fig. 

7 the parameters for the description of the sinusoidal 

used by Alpyldiz [1] is shown. 

 

 

Fig. 7: Crimp path of the braiding yarn revolving in the 

counter-clockwise direction for diamond braid structure 

[1] 

 

The geometrical model is interesting and practicable 

for one layer of braid. In comparison to other 

definitions found in literature, Alpyldiz describes the 

path of a tubular braid, considering 3D coordinates 

and the undulation. Though as well as other 

geometrical models they act on the assumption that 

the fibers lay nearly perfect elliptical or lenticular 

shaped.  

 

 

Fig. 3: Biaxial Braid [7] 

Fig. 4: Triaxial Braid [7] 

Fig. 5: Principle of a biaxial braid (unit cell) [7] 

Fig. 6: Principle of a triaxial braid (unit cell) [7] 
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Comparing the micrographs of CRFP specimens, 

like Birkefeld [7], it is visible that the geometrical 

model describes the shape in a perfect way. 

Comparing the geometrical models with 

measurements of micrographs it is visible that the 

shape of the rovings is varying and not always 

regularly distributed. Those effects can influence the 

yarn path of the crossing yarn. 

An ideal position, as described in the model of 

Alpyldiz is not given if you compare the geometrical 

model with a micrograph of a CFRP structure with 3 

layers of biaxial braid (Fig. 8).  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Manufacturing parameters like yarn tension, type of 

roving, diameter of mandrel (wrapping angle), type 

of weave (amount of crossing points) and the 

amount of layers have effect on the lay-up. The 

shape of the roving cross section is influenced by 

those braiding parameters and type of infusion, 

especially the consolidation pressure. 

 

4 Draping Behavior of Biaxial Braided Sleeves 

 

Previous studies [6] as well as the work of Lehmann 

[8] describe the drapability of a biaxial braided 

sleeve. In his work Lehman [5] describes that a 

diameter change of a biaxial braided tube can be 

mathematically explained as follows: 
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          (
  

  
      )                                 

 

As presented in Fig. 9 it is possible to change the 

diameter of the sleeve by pulling in length direction, 

thus decreasing the diameter. The other way around 

it is possible to enlarge the diameter by shortening 

the length.  

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

By the possibility to enlarge the diameter of the 

braided sleeve as described in [6], it is possible to 

remove the bladder after the curing process [6].  

In the investigation work of Lehmann and Michaeli 

focused on improvements of a resin transfer molding 

process with an inflatable bladder parameters like 

internal bladder pressure, RTM pressure, and 

movement of the braid in the cavity are investigated. 

Lehm  ’  investigation shows that the braid can 

only move in areas with larger diameter if it is 

possible to shorten the tube in length as well  [8]. 

5 Coherence between Expansion of Bladder and 

Effect on the Yarn Path  

 

The path of a yarn on a tubular mandrel can be 

described as shown in Fig. 10.  

The braiding yarns follow a helical path with a 

constant helix angle, which is the braid angle with 

the horizontal axes, over the cylindrical mandrel. [1]  

 

α 
α 

Crossing yarns 

Fig. 8: Comparison between a) yarn path described by 

Alpyldiz and b) micrograph in braiding yarn direction of 

a CFRP structure based on 3 layers of biaxial braid 

Fig. 9: Coherence of diameter and fiber angle of braided 

tubes [1] 
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Fig. 10: The path of the braiding yarns (one from the set 

of braiding yarns moving in the counter-clockwise 

direction and one from the set of braiding yarns moving in 

the clockwise direction) on the cylindrical mandrel (a) set 

of axes on perspective view, (b) side view. [1] 

For investigating the path of one yarn a view in the 

direction of one braiding yarn is necessary. This 

means a cut in direction of 45° (braiding angle) to 

the longitudinal axis (Z-direction) of the tube. To 

visualize and explain the assumption that the 

undulation in a braiding yarn can be reduced Fig. 11 

shows a drawing in which the effect of an inflated 

bladder on the yarn path in radial direction is shown.  

 

 

 

 

 

 

 

 

 
 

 

 

 

 

 

The idea is to use the pressure in the bladder to 

elongate and consolidate several yarns in the braid. 

At the point where the length cannot be shortened, 

there is no possibility for inter-fiber shearing and 

diameter change. It is assumed that at this point the 

undulations which are described before and showed 

in Fig. 5 and Fig. 6 can be reduced. There are two 

main steps happening. Pressurizing the bladder leads 

to an expansion in radial direction. This leads to an 

enlargment of preform diameter by shortening the 

length at the same time (Fig. 9). The moment where 

the enlargment of diameter and shortening in length 

direction are stopped, the yarns are elongated and 

consolidated. (Fig. 11) 

 

All these explanations are simplified as they 

consider only one layer of braid considered. The 

most applications for components based on CFRP 

structures consist of more than one layer preform 

and a third yarn direction.  

This means that the layers are braided with a specific 

tension one over another. The interaction regarding 

diameter change during pressurizing the bladder in 

between the layers raises the question if the 

described change of yarn path (Fig. 11) can be 

caused in the second and third layer as well.  

Alpyldiz describes the yarn path in form of a sine 

function. [1] Considering that a change of the 

amplitude is expected it has to be explained that this 

can only be reached if it is possible to transmit 

pressure from the bladder to the first layer, from the 

first layer to the second layer and from the second 

layer to the third layer. Therefore the movement 

from the lower layer has to be large enough to cause 

an effect in the upper layer. 

In the same way the diameter change of a braid stays 

in relation to the change of the length.  

 

A third yarn direction changes the behavior of the 

braid. The 0°- yarns which are interwoven in 

between the crossing points cause additional 

undulations and have an influence on the 

enlargement caused by the bladder. 

5 Manufacturing of Specimens 

 
The target is to manufacture specimens with a 

simple geometry which can show the effects of the 

process and the bladder. Therefore tubes are 

manufactured with the geometries described in 

Table 1. 

 

 

Table 1: Specimen geometry 

Inner Diameter [mm] 25.1 – 25.9 

Outer Diameter [mm] 30.2 – 31.6 

Tube Length [mm] 600 mm 

Fig. 11: a) braiding yarn path in a dry preform, braided on 

an inflatable bladder b) yarn path after impregnation and 

consolidation, pressurizing the inflatable bladder c) 

comparison of consolidated and non-consolidated yarn by 

an inflatable bladder 

P 
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The inner and outer diameter of the specimen 

depend on the way in which they are manufactured 

and if they are based on a biaxial or a triaxial braid.  

5.1 Preform and Infiltration Process 

 

The preforms are manufactured with carbon rovings 

of type Tenax HTS 40 F13 12k. One version of 

specimens is manufactured with 3 layers of biaxial 

braid and the other one with 3 layers of triaxial braid. 

 

As the focus of this work lies on the behavior of the 

braid the infiltration process is done without a mold 

on the outer site. The preforms are infiltrated in the 

same way as described in [1]. A vacuum assisted 

resin infusion (VARI) with production parameters 

that are common for those types of preforms is used. 

The vacuum bag is expandable enough to realize 

that the braid can expand as much as possible. The 

specimens are manufactured with the epoxy – based 

 e    Mome t ve EPIKOTE™ Re    MGS® RIMR 

235/RIMH236. 

 

 

 

 

 

 

 

 

 

 

The F be  Volume F   t o  (FVF) of CFRP’  th t 

are manufactured by VARI is regulated by the 

vacuum level during curing. By pressurizing the 

expandable tube the FVF can be increased and 

regulated in a similar manner to the curing process 

in an autoclave. [6]. 

5.2 The Mandrel 

 

The draping behavior of a biaxial braid, the diameter 

of the mandrel and the textile structure in 

combination with an inflatable bladder, has an 

influence on the quality of a cured part. Therefore, 

different types of mandrel are necessary for 

specimen manufacturing.  

 

Table 2 shows an overview of used mandrels. Each 

of them has a specific task and reason for the use in 

this test series. The mandrel which is used for 

consolidation is combined with an inherent stable 

material (aluminum mandrel) and an expandable 

tube (inflatable bladder). Using this combination it is 

possible to overbraid the inherent stable mandrel.  

 

 

 

 

 

 

Manufactured 

Sample 

Type of Mandrel Outer Diameter 

(Mandrel) 

[mm] 

Geometry Description 

(Mandrel) 

Special Process 

Parameter 

(During Curing) 

NP_25.1 Aluminum+ 

Bladder Material 

25.1 round cross section no pressurizing 

B_MO Aluminum+ 

Bladder Material 

25.1 round cross section,, 

MOvement in Length  

direction possible 

bladder is 

pressurized with 

the pressure level 

of 4 and 6 bar 

 

B_BL Aluminum+ 

Bladder Material 

25.1 round cross section 

with ø-change at both 

ends   

Movement in length 

direction BLocked  

 

bladder is 

pressurized with 

the pressure level 

of 4 and 6 bar 

NP_25.9 Steel 25.9 round cross section no pressurizing 

Table 2: Types of mandrel 
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The   mple  “NP-25.1”   e m  uf  tu ed w th the 

intention to see how fibers and braid are structured 

in the laminate without pressurizing the bladder.  

S mple  “6B-MO”   e m  uf  tu ed to investigate 

how the pressurized bladder affects the preform 

when it has the possibility to shorten in length 

direction. 

S mple  “6B-BL”   e m  uf  tu ed o    m  d el 

that has specific diameter changes at both ends of 

the longitudinal mandrel. (Fig. 12) That way the 

movement of the braid in longitudinal direction is 

blocked.  

 

 

 

 

 

 

The   mple  “NP_25.9”   e m  uf  tu ed o     teel 

mandrel with no additional bladder and no 

possibility to pressurize from the inner side during 

curing. The intention is to manufacture samples in 

which the yarns are directly positioned on a larger 

diameter during the braiding process. The warping 

of a mandrel with a higher diameter leads to another 

yarn lay-up. 

The second intention is to compare the yarn path 

with   mple  “6B-BL”   d “6B-MO”. A  omp    o  

should clarify if there is a difference between 

manufacturing a preform directly on a diameter 

which is required for the final part or a smaller 

diameter which can be enlarged with a bladder 

towards the required geometry during the curing 

process. 

All mandrels were used for specimens based on 

biaxial p efo m (“  mple_BIAX”)   d t   x  l 

preform (“  mple_TRIAX”). 

7 Evaluation of Results  

7.1 Specimen geometry 

Measurements such as inner and outer diameter of 

specimens are determined with a caliper. Due to the 

fact that the specimens are manufactured with a 

VARI process the outer surface is rippled. This 

means that the determined values describe the 

maximum. Wall thickness is calculated from values 

of measured inner and outer diameter. 

7.2 Consolidation  

The evaluation of specimens is done by 

photomicrographs. Micrographs are cut from cured 

parts in direction of the braiding yarn (45° to the 

longitudinal axis of the tube).  

As only the outer layer is visible the cut is done 

along the roving on the outer layer. In that way it is 

possible to visualize one braiding yarn path in each 

layer. However, the cutting position, regarding the 

roving cross section, cannot be defined because the 

layers are not placed perfectly over each other. The 

shape of the roving is elliptical or lenticular and the 

cutting position shows a different thickness of the 

roving. Fig. 13 presents a cut through two rovings in 

two layers of braid. 

 

 

 

 

 

 

 

 

It is not possible to measure the height of the yarns 

and to compare values directly. Therefore, focus is 

put on the consolidation effect. As described in 

literature a yarn path can be described by a sine 

wave. The geometry of the roving has an influence 

on the amplitude and the length of the sine wave. 

Consolidation should mean that the amplitude of the 

sine wave is decreasing whereas the wave length is 

increasing. A more uniform yarn path is expected as 

well.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 13: Drawing of a cut through two rovings 

which lay over each other  

Measurement of 

yarn height [h] 

Fig. 14: BI_NP_26 [6] 

Fig. 12: Det  l of m  d el type “B_BL” 
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Therefore, the specimens are evaluated by 

measuring the height [h] of the yarn at ten different 

positions along one yarn path (sine wave) Fig. 14. 

The experimental standard deviation [s] of those 

values is taken into account for the evaluation. 

 

In the following, specimens are described with the 

sample number which is defined by the preform 

structure (BI = biax), the pressure level (4 = 4bar) 

and the type of mandrel which is used.  

7.3 Biaxial Braid 

7.3.1 Geometry and FVF 

 

Table 3 shows the results which are gained from 

measuring the specimens and chemical analysis for 

determining FVF. 

 

Table 3: Measurement data (biaxial specimens) 

 

Due to the fact that the specimens are manufactured 

using the VARI process, consolidation pressure and 

level is limited by the vacuum. Using an inflatable 

bladder the FVF can be significantly increased. 

Especially the specimen cured with the higher 

pressure level of 6 bar shows an increase of nearly 

3-4 %.  

In the same way the results show that the diameter is 

enlarging up to 26 mm if the possibility for 

shortening in length direction is given.  

Comparing the specimens “BI_4B_MO”   d 

“BI_4B_BL” the FVF is the nearly same whereas 

the enlargement of the diameter is less (BI_4B_BL). 

These results verify that the diameter change 

depends on the shortening in length direction as 

described by Lehmann.  

Spe  me  “BI_6B_BL” shows that a higher pressure 

level causes a small difference in diameter change 

and 2 % increase of FVF.  

It has to be considered that the change of diameter 

and wall thickness can be caused by the reduced 

amount of resin and flattening of the yarns. 

Micrographs cut in direction of the braiding yarn 

should give some insight about the influence on 

consolidation of laminate and yarn path.  

 

 

 

 

 

 

 

 

 

7.3.2 The Consolidation 

 

Fig. 15, Fig. 16, Fig. 17 and Fig. 18 show the 

micrographs of the biaxial specimens with a view 

along the braiding yarn path. Those are used for the 

evaluation of the consolidation effect. 

The path of one yarn direction and the cross section 

of the crossing yarns are visible.  

The    thmet   me    h     d the expe  me t l 

standard deviation [s] are derived from measured 

values (Table 4).  

 

 

 

 

 

 Inner-ø [mm] Outer-ø [mm] Wall 

Thickness 

[mm] 

FVF [%] 

BI_NP_25.1 25,1 30,19 2,54 56 

BI_4B_MO 26,05 30,82 2,39 59 

BI_4B_BL 25,59 30,33 2,37 58,6 

BI_6B_BL 25,63 30,41 2,39 60,3 

BI_NP_25.9 25,9 30,1 2,55 57,4 
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The smaller the value for standard deviation the less 

is the dispersion of measured height values. Results 

measured in the first layers of specimens show that 

the bladder and higher diameter of mandrel affect 

uniformity of the yarn path. Specimen 

“BI_NP_25.1” p e e t  the h ghe t  e ult of 

dispersion in all layers. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Values presented for the second and third layer 

present a smaller dispersion for specimens which 

were pressurized. In comparison to the first layer, 

values of the second and third layer present higher 

standard deviation for all specimens.  

 

 

 

Table 4: Measurements of yarn path (biaxial specimens) 

   BI_NP_25.1 BI_4B_MO BI_4B_BL BI_6B_BL BI_NP_25.9 

1st  

Layer 

        0,32 0,40 0,33 0,31 0,30 

s 0,05 0,03 0,03 0,03 0,03 

              

2nd  

Layer 

        0,43 0,35 0,29 0,40 0,37 

s 0,06 0,05 0,04 0,05 0,06 

              

3rd  

Layer 

        0,43 0,39 0,29 0,40 0,41 

s 0,06 0,04 0,04 0,05 0,05 

Fig. 16: BI_4B_MO [6] 

Braiding yarn, 1st 

layer 

Braiding yarn, 

 3rd layer  

Braiding yarn, 

2nd layer 

Fig. 15: BI_NP_25.1 

Crossing yarns  Yarn path  

Fig. 17: BI_4B_BL 

Fig. 18:  BI_6B_MO 
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7.4 Triaxial Braid 

 
Results gained by the biaxial preforms show the 

difference of using 4 bar and 6 bar pressure level 

during curing. The best result regarding FVF and 

consolidation can be reached with 6 bar (Table 3). 

Therefore, the pressurized version of triaxial 

specimens (TR) is just cured with 6 bar and there are 

no specimens manufactured with the pressure level 

of 4 bar. 

7.4.1 Geometry and FVF 

 

Results gained are presented in Table 5. Similar to 

biaxial specimens it is visible that the use of 

inflatable bladder during curing leads to a higher 

FVF. It is assumed that the FVF is higher in 

comparison to the biaxial specimens as there are 

more rovings (0°-yarns) incorporated in the braid.  

The compa   o  of the  pe  me  “TR_NP_25.1”   d 

“TR_6B_MO”  hows that pressurizing the bladder 

leads to a higher enlargement of diameter but not as 

much as if a biaxial structure is pressurized. This 

leads to the assumption that the draping behavior, as 

described by Lehmann for biaxial braids [8], is 

influenced by the incorporated 0°-yarns. 

Comparing the specimens of triaxial structure, 

“TR_6B_BL”   d b  x  l  t u tu e “BI_6B_BL”,  t 

is presented that the enlargement of the triaxial 

structure is larger. It is assumed that the higher 

enlargement is only caused by the flattening of the 

0°-yarns. 

The specimens TR_6B_MO are compared with 

TR_6B_BL. The enlargement of the inner diameter 

is more or less the same. The difference is minimal. 

This effect verifies the assumption that the 

enlargement of diameter is not caused by shortening 

the length but rather by flattening the 0°-yarns. 

 

 

 

 

 

 

 

 

7.4.2 Consolidation 

 

Fig. 19, Fig. 20, Fig. 21 and Fig. 22 present the 

micrographs. Due to 0°-yarns, the yarn path shows 

higher amplitude in comparison to the yarn path of 

the of the biaxial specimen. 

 

Results of the measurements, which are done in the 

same way as for the biaxial specimens, are presented 

in Table 6.  

Conspicuous are the results of specimen 

“TR_NP_25.1” whe e the  e ult      ll l ye   

present the same standard deviation. The specimens 

“TR_6B_MO”   d “TR_6B_BL” present a lower 

dispersion of values in the first layer in comparison 

to the second and third one.  

E pe   lly  pe  me  “TR_6B_BL”  how    le   

uniform yarn path in the third layer.  

 

 

 

 

 

 Inner-ø [mm] Outer-ø [mm] Wall Thickness 

[mm] 

FVF [%] 

TR_NP_25,1 25,1 31,18 3,03 56,6 

TR_6B_MO 25,88 31,52 2,82 63,7 

TR_6B_BL 25,83 31,59 2,88 63,6 

TR_NP_25,9 25,95 31,62 2,84 56,4 

Table 5 Measurement data  (triaxial braid) 
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   TR_NP_25.1 TR_6B_MO TR_6B_BL TR_NP_25.9 

1st  

Layer 

        0,32 0,40 0,40 0,39 

s 0,05 0,04 0,02 0,09 

            

2nd  

Layer 

        0,43 0,41 0,39 0,40 

s 0,05 0,05 0,04 0,06 

            

3rd  

Layer 

        0,38 0,31 0,41 0,40 

s 0,05 0,05 0,08 0,05 

Table 6: Measurement data of yarn path (triaxial specimen) 

Fig. 20: TR_6B_MO 

Crossing yarns  0° yarns  

Fig. 22: TR_NP_26 

Yarn path 

Fig. 19 : TR_NP_25.1 
Fig. 21: TR_6B_BL 
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8. Conclusion and Outlook 

 
Measurements of the tube and analysis of 

micrograph give an idea about the behavior and 

effects of an inflatable bladder on the structure in the 

laminate. The results show that the behavior is 

combined by the change of FVF, consolidation of 

yarns and draping behavior of the textile structure. 

 

The effect on the FVF by using an inflatable bladder 

is verified for 4 and 6 bar pressure level. By using 

different types of mandrel the description of Lehman 

for the behavior of biaxial braided sleeves is 

verified. Diameter enlargement is depending on the 

shortening of the preform in length direction. 

 

The same behavior cannot be shown for the 

specimens based on triaxial structures. The 0°-yarns 

influence the draping behavior. There is no visible 

difference in the diameter change when comparing 

specimens where the preform can shorten in length 

direction with those where the shortening is not 

possible. It is assumed that the enlargement of 

diameter for the triaxial specimens can be explained 

by the consolidation of the 0°-yarns in the crossing 

points.  

The exact influence on the consolidation of the 0°-

yarns is not considered, but will be done in future 

work. 

The evaluation of micrographs presents that yarn 

measurements cannot be measured and compared 

directly. Therefore, the uniformity of yarn paths is 

measured. The interpretation of results gives an idea 

about how the uniformity of the yarn path is affected 

by the bladder. Especially the first layer of all 

pressurized versions (biaxial and triaxial) is 

consolidated by the bladder. Only the results of the 

biaxial specimens (BI_6B_BL, BI_4B_BL, 

BI_4B_MO) present an influence on the second and 

third layer.  

 

It can be said that the shape and path of the bias yarn 

which are consolidated by the bladder look more 

like the geometrical model presented by Alpyldiz.  

 

Further studies are planned in which the effect on 

mechanical properties is investigated. By using an 

outer mold and knowledge  gained until now, 

specimens based on biaxial and triaxial braids will 

be manufactured. Further work is planned to clarify 

the question of how the effects described in this 

work affect the mechanical performance. 
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1. Introduction 

 

Multifunctional materials possess multiple 

desirable attributes concurrently such as improved 

thermal, mechanical, electrical, chemical 

properties etc. Several research studies have 

highlighted the benefits of utilizing nanoparticles, 

including carbon nanotubes (CNT), dispersed in a 

polymer matrix to fabricate multifunctional 

materials [1-3]. Such nanocomposites can possess 

improved mechanical, electrical and/or thermal 

properties, and have numerous applications as 

sensors [4-6], electrodes [7,8], actuators [9-11], 

structural materials [12,13], adhesives [14,15] etc. 

 

Piezoresistance is a passive phenomenon that can 

be used for sensing of load/pressure through 

variations in a material’s electrical resistance. The 

mechanisms of piezoresistance can vary between 

materials and through various design 

configurations these materials can be used for 

pressure and strain sensing [16]. One mechanism 

is found in conventional metallic strain gages 

commonly used in structural strain monitoring. 

These sensors rely on resistance change because 

of a changing geometry (definable by their 

Poisson’s ration) due to external strain [16]. 

Metallic strain gages possess appreciable linearity 

and sensitivity, measurable by gage factors 

(change in resistance: change in strain) as high as 

2, however, they are limited to measuring strains 

less than 2%. Another piezoresistance mechanism 

is found in semiconductor-based pressure sensors 

where deformation of a doped semiconductor 

lattice will result in a change of the charge 

carrier’s mobility and the material’s resistance. 

The gage factors for these devices are around 200 

(recently shown to be as high as 843 [17]). 

However semiconductor-based pressure sensors 

are also limited to small strain ranges, which are 

around 0.5%. 

A third piezoresistance mechanism, which is the 

focus of this study, is found in composites 

containing conductive fillers. These composites 

consist of a soft material (e.g. polymers, rubbers) 

filled with a conductive filler. The inter-particle 

distances of the filler must be small enough (< 

2nm[18]) so as to allow for formation of 

conductive paths across one measurement surface 

to the other. These conductive paths form when 

the concentration of fillers reaches a critical 

threshold value described by percolation theory 

[19,20]. Deformation of the conductor filled 

composite will change the mean particle distance 

and therefore change the material’s resistivity. 

Such materials possess appreciable sensitivities 

with gage factors in the range of 2-10. Although 

conductive polymer composites suffer from the 

disadvantages of non-linearity, hysteresis and 

temperature drifts, they are operational over large 

strains (±100% for elastomers) and are simple and 

cost-effective to manufacture [16]. These 

advantages make them potential sensing elements 

for applications requiring compliant materials 

such as electronic-textiles, artificial skins and 

other large deformation measurements [21]. 

 

Several recent studies have investigated the 

piezoresistance of conductive nanoparticle 

composites. Bautista-Quijano et al.[22] examined 

the piezoresistance of composites of polysulfone 

and MWNT, fabricated using solvent casting. The 

composites, containing only 0.5 wt% MWNT, 

were applied as strain gages for failure testing of 

Aluminum and evaluated against conventional 

metallic strain gages. Loh et al.[23] fabricated 

thin-film strain sensors by dispersing single-wall 

carbon nanotubes (SWNT) into poly(sodium 4-

styrene-suflonate) and poly(vinyl-alcohol) by 

layer-by-layer processing. The non-linearity, 

decay and hysteresis observed in the 

piezoresistance were predicted using an 

equivalent RC-circuit model. Hu et al.[18] have 
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modeled the piezoresistance of epoxy-MWNT 

composites using Monte-Carlo simulations of 3D 

resistor networks. Investigations by Knite et 

al.[24] and by Wichmann et al.[25] have 

compared the strain sensing capability between 

carbon black and MWNT in poly(isoprene) 

composites. Studies by Chen et al.[26] and Stubler 

et al.[27] have examined hysteresis issues in 

piezoresistance of conductive composites. 

 

Lu et al. [28] have found the gage factor of 

PDMS-MWNT composites to be as high as 12. 

They also demonstrated the applicability of these 

composites to MEMS through lithography 

assisted fabrication of micro-pressure sensors. 

Hwang et al. [29] have investigated the effect of 

surface modification of MWNT for better 

dispersion in PDMS and found improvements in 

piezoresistance sensitivity. Dang et al. [30] have 

fabricated piezoresistive PDMS-MWNT 

composites using high and low aspect ratio 

MWNT. 

 

The objective of this study is to investigate the 

effect of MWNT concentration on the electrical 

properties and piezoresistance of Polyvinylidene 

Flouride-MWNT (PVDF-MWNT) composites 

prepared by high shear melt mixing. PVDF is a 

thermoplastic polymer with good thermal 

stability, allowing for ease of processing, and 

flexibility. The electrical and rheological 

properties are studied in the context of filler 

percolation networks and piezoresistive properties 

of the composites are investigated, modeled and 

correlated with their observed morphology. 

 

2. Experimental  

 

2.1 Materials 

 

Polyvinylidene Flouride (PVDF) was used as the 

matrix phase (Kynar 740, Arkema S.A.) in pellet 

form. The PVDF has a density of 1.78 g/cm
3
. Thin 

Multiwall Carbon Nanotubes (MWNT) were used 

as the nanoparticle filler phase in this study 

(NC7000, Nanocyl). The MWNT had a reported 

diameter of 10 nm, average length of 1.5 µm and 

a carbon purity of 90%. 

 

2.2 Nanocomposite Preparation 

 

Nanocomposites between PVDF and MWNT 

were prepared by a high shear mixing process on 

a 15 ml twin screw microcompounder. The 

MWNT powder (in concentrations between 0-10 

wt%) and PVDF pellets were added to the 

microcompounder simultaneously. The high shear 

mixing process was performed at a temperature of 

220 °C and mixing speed of 200 rpm for 10 

minutes. The extruded material was then cut into 

pellets and compression molded into a disc shape 

geometry (12.5 mm dia, 1.6 mm thick) at a 

pressure of 1.3 MPa and a temperature of 220 °C 

for a melt time of 5 min and press time of 5 min. 

 

2.3 Characterization Methods 

 

Morphology of the freeze-fractured composite 

cross-sections was observed using a Scanning 

Electron Microscope (SEM) operated under 

secondary electron mode at 20 kV. The electrical 

conductivity and permittivity of the PVDF-

MWNT nanocomposites was obtained in a 

dielectric impedance analyzer (Alpha-N Analyzer, 

Novocontrol Technologies) operated at 1 Vrms 

scanning between a frequency of 10
-1

 Hz to 10
5
 

Hz. and The piezoresistance behavior of the TPU-

MWNT nanocomposites was captured using a 

custom-made force-resistance measurement setup 

(Figure 1). The setup consisted of a high precision 

source meter (model 2400, Keithley Instruments 

Inc) in a two-wire resistance measurement 

configuration coupled with a micromechanical-

testing system (model 5848, Instron) reading 

resistance and stress-strain information to a 

National Instrument’s LabView data acquisition 

system. Starting from a pre-load of 50 N, the disc 

samples for piezoresistance characterization were 

compressed between two copper electrodes 

(insulated on the opposite side) in a quasi-static 

condition at a rate of 1 mm/min (0.003 s-1) until a 

final force of 30 kN was reached. Three or more 

samples were used for all electrical and 

piezoresistance testing and averaged, and prior to 

testing the samples were cleaned with ethanol, 

dried and platinum sputter-coated to ensure 

adequate electrical contact. 

 
Figure 1. Custom-made setup for piezoresistance 

measurement. 
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3. Results and Discussion  

 

 
(a) 

 
(b) 

 
(c) 

 
(d) 

Figure 2. Morphologies of (a) neat PVDF, (b) 

0.25 wt%, (c) 1.5 wt%, and (d) 6 wt% MWNT 

containing PVDF nanocomposites. 

 

3.1 Morphology of PVDF-MWNT 

Nanocomposites 

 

The morphology of the nanocomposites was 

characterized using SEM. Figure 2 shows the 

freeze-fractured cross-section morphologies of 

PVDF and its nanocomposites containing 0.25, 

1.5 and 6 wt% MWNT. The MWNT are apparent 

upon comparison of the neat PVDF morphology 

with that of its nanocomposites. At 0.25 wt% 

MWNT (Figure 2b) content, the MWNT are 

dispersed uniformly but are sparse and separated 

from each other on the order of several hundred 

nanometers. Further addition of MWNT to 1.5 

wt% (Figure 2c) reveals a denser distribution of 

MWNT with shorter inter-particle distances. A 

consequence of further MWNT addition is the 

appearance of aggregate particles with their 

locations being regions highlighted by greater 

intensity in the e-beam signal. At high MWNT 

concentrations, e.g. 6 wt% MWNT (Figure 2d), 

there is complete interconnectivity between 

MWNT particles. A greater degree of aggregation 

of MWNT particles is also present. 

 

3.2 Electrical Properties of PVDF-MWNT 

Nanocomposites 

 

Dielectric impedance spectroscopy (DIS) was 

used to characterize the electrical conductivity as 

well as the dielectric permittivity of the PVDF-

MWNT nanocomposites filled with various 

content of MWNT filler. Impedance spectroscopy 

is used to measure the impedance of the 

composite at various frequencies and then 

estimate the conductivity and permittivity of the 

material through fitting the data to an Resistance-

Capacitance circuit in parallel[31]. Figure 3a, 

shows the real electrical conductivity data for PE-

MWNT nanocomposites. The electrical 

conductivity of neat PVDF is dependent on the 

applied frequency which at 0.1 Hz is 10
-13

 S/cm, 

indicative of an insulating behavior. By 

incorporating 0.25 and 0.5 wt% MWNT filler 

content, the electrical conductivity increases 

slightly but is still insulating. At 1.0 wt% MWNT 

filler content, the electrical conductivity is 10
-9

 

S/cm, independent of frequency and is 

electronically conducting indicating the 

establishment of interparticle contacts and 

networking of MWNT particles within the matrix. 

At 10 wt% MWNT, a maximum conductivity of 

10
-2

 S/cm is achieved which is well within the 

minimum conductivity of 10
-5

 S/cm required for 
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electrostatic discharge (ESD) material 

applications [32,33]. 

 

The permittivity (Figure 3b) of neat PVDF at 0.1 

Hz is 15.0. Addition of 0.25 wt% MWNT 

increases the permittivity to 17.1, which indicates 

a greater ability to store charge (capacitance). 

Increased permittivity in filled materials is 

observed because of a greater number of 

interfaces (surface area) near the electrode regions 

allowing for larger amounts of charges to be 

stored. This effect is most prominent at low 

frequencies as it allows more time for charges to 

migrate. The maximum permittivity of 39.4 

occurs at 1.0 wt% MWNT content, beyond which 

a filler particle network has formed throughout 

and the material loses its dielectric characteristic. 
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Figure 3. Electrical conductivity (a) and dielectric 

permittivity (b) of PVDF and PVDF-MWNT 

nanocomposites 

 

 

3.3 Percolation Behavior in PVDF-MWNT 

Nanocomposites 

 

The electrical and rheological behaviors indicate 

the existence of a percolation threshold 

concentration of MWNT, beyond which the 

electrical conductivity and viscosity exhibit a 

sharp rise (transition) in value. The percolation 

point describes a concentration where 

interconnectivity between randomly placed 

particles in a confined space results in continuous 

paths across the space. The percolation threshold 

can be inferred from changes in certain 

nanocomposite properties, such as electrical and 

rheological properties, where filler particles (e.g. 

MWNT) exert significant influence. The sharp 

transition in properties during statistical (random) 

percolation can be modeled using the following 

power-law form, of the properties under 

consideration: 

 tcA      (Eq. 1) 

 tcA      (Eq. 2) 

where σ is the conductivity, η is the viscosity, φ is 

the filler volume fraction, φc is the filler volume 

fraction at percolation. The exponential terms, t, 

and pre-exponential A, are fitting parameters 

which under certain fit constraints describe the 

dimensionality of the filler particle network. 

 

The electrical conductivity and viscosity of PVDF 

nanocomposite is plotted in Figure 4 with respect 

to volume fraction. The percolation threshold 

transition behavior is apparent in Figure 4. 

Percolation thresholds (φc) were determined by 

fitting Eq. 1 and 2 to the data plotted in Figure 4, 

using a least-squares optimization routine in 

MATLAB and the results are summarized in 

Table 1. The electrical percolation threshold was 

found to be 1.17 vol% (1.31 wt%) with an R
2
 of 

0.999, while the rheological percolation threshold 

was found to be 1.70 vol% (1.91 wt%) with an R
2
 

of 0.977. 

 

Table 1. Power-law fitting parameters for PVDF 

nanocomposites 

 A φc t R
2 

σ 2.32 S/cm 1.31 wt% 1.72 0.999 

η 1.33x10
7
 Pa-s 1.91 wt% 1.14 0.977 

 

The results indicate that the apparent rheological 

percolation point exists at higher MWNT content 

than the electrical percolation point. This is 

contradictory of the general observation in 

polymer nanocomposites where the rheological 
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percolation point exists at lower MWNT content 

than the electrical point. This is because electrical 

contact requires MWNT particles to be 

sufficiently close together, which is possible when 

they are either (1) in direct contact with each other 

(ohmic conduction) or (2) are close enough for 

electron tunneling to occur (non-ohmic). 

Rheological percolation does not require such 

short inter-particle distances, and hence high 

MWNT content. Rheological percolation is based 

on preventing polymer chains from relaxing after 

an applied deformation. As polymer chains 

constitute the particle-to-particle boundary, the 

distance between adjacent particles does not have 

to be as small as electrical conduction for 

rheological percolation effects to be apparent. 

 

The higher apparent rheological percolation point 

in PVDF-nanocomposites is believed to be 

because of the gradual increase in viscosity, as 

opposed to a sharp increase, when MWNT 

content is increased. This gradual increase is 

caused by neat PVDF having a high viscosity to 

begin with. The viscosity of neat PVDF is 2.5x10
4
 

Pa-s, which is higher when compared to other 

thermoplastic polymers. With the matrix viscosity 

already very high (due to the physical chemistry 

of PVDF), the room for improvement in viscosity 

with MWNT addition is severely restricted. In an 

effort to reduce PVDF viscosity, the test 

temperature was raised to 300 °C, however the 

viscosity still remained high at 1.2x10
4
 Pa-s while 

the risk of polymer deterioration increased. 
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Figure 4.  Percolation threshold transition in 

electrical conductivity (square) and viscosity 

(circle). 

 

 

3.3 Piezoresistance of PVDF-MWNT 

Nanocomposites 

 

The compressive piezoresistance of the MWNT 

filled PVDF nanocomposites was measured in 

quasi-static conditions at a strain rate of 1 

mm/min (~ 0.01s
-1

). Figure 5a plots the stress-

strain and resistance strain behavior of the 

MWNT nanocomposites. The curves in Figure 5a 

are composite averages of 3 or more samples. The 

resistance and stress signal in Figure 5a can be 

parameterized and plotted against one another as 

shown in Figure 5b. The resistance-stress 

behavior of these nanocomposites can be sub-

divided into three basic regions. The first/initial 

region is where full contact is established between 

the compressing platens and the sample. Most of 

the resistance change is observed in this region, 

regardless of filler content. This initial resistance 

change originates from establishing a well-defined 

electrical contact between the compression platen 

and the sample surface during the initial stages of 

deformation; which in turn depends on 

establishing a well-defined mechanical contact 

without any slack.  It can be observed from the 

strain-stress plots (Figure 5a), that the ‘toe’-region 

terminates in the first 10 MPa of applied pressure 

indicating all of the slack has been overcome. 

 

The second region of compressive deformation is 

where elastic compression takes place. This 

region occurs at stresses greater than 10 MPa and 

is characterized by a linear strain-stress behavior. 

The resistance signal in this region continues to 

decrease, however, not as fast as the initial contact 

region. The third deformation region observed 

during the compression process is the plastic 

deformation zone. This occurs where the strain-

stress curve begins to yield (softening).  

 

The aforementioned observations suggest that the 

resistance-stress dependence in PVDF-

nanocomposites is non-linear, non-monotonous 

and complex. It does however, correlate well with 

the different stages of deformation observed on 

the strain-stress curve. In order to compare the 

response of PVDF nanocomposites of different 

filler content and hence different conductivities, a 

relative resistance response must be considered, 

where the resistance is plotted as a ratio in 

reference to the initial resistance at the point of 

first contact. In addition, comparisons of relative 

resistance change between different 

nanocomposite compositions can be made by 

plotting iso-stress lines as shown in Figure 5c.  
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Figure. 3. Piezoresistance of PVDF-MWNT 

nanocomposites. 

 

A general observation from Figure 5c is that 

compositions closer to the percolation point (2, 3 

and 4 wt%) display greater sensitivity in the 

resistance signal, than those compositions further 

away (6, 8 and 10 wt%), neglecting the change 

due to contact effects (< 10 MPa). This greater 

sensitivity is observed in both elastic and plastic 

portions of deformation. In the elastic portion (~ 

10-100 MPa) the resistance signal at low 

compositions displays a greater decrease 

corresponding to further MWNT inter-particle 

distance reduction and network enhancement due 

to a uniaxial but largely affine deformation. In the 

plastic portion (>150 MPa) the resistance signal at 

low compositions undergoes a sharp rise, even 

above its initial zero-stress value. This sharp rise 

is associated with MWNT network destruction 

due to the plastic flow induced by shear-stresses 

that develop at high strain levels. 

 

4. Conclusions  

 

In this study, nanocomposites of PVDF and 

MWNT were fabricated by twin-screw blending 

and compression molding. The morphology of the 

blends was characterized as individual and 

dispersed MWNT at low filler contents (0.25 

wt%), whereas it was networked but also 

aggregated at high filler contents (6 wt%). The 

networking of MWNTs was also clearly depicted 

in the electrical conductivity of the 

nanocomposites, which underwent a sharp rise 

between 0.5 and 1.5 wt% MWNT. The statistical 

percolation threshold for PVDF-MWNT 

nanocomposites was found to be 0.95 wt% (0.85 

vol.%). At 0.1 Hz, the maximum conductivity 

achieved in the nanocomposites was 10
-2

 S/cm (10 

wt%), while the maximum dielectric permittivity 

was 39.4 (1.0 wt%). Piezoresistance investigation 

of the PVDF-MWNT nanocomposites revealed a 

three stage deformation (contact, elastic and 

plastic deformation) process which has a direct 

influence on the MWNT networks in the 

nanocomposites and hence on the material’s 

electrical resistivity. The resistance was observed 

to decrease during elastic deformation, while 

increase during plastic deformation, 

corresponding to reducing and increasing inter-

particle distances between the MWNT, 

respectively. 
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Abstract 

There are different types of yarn movements that 

occur prior to or during fabric failure under dynamic 

loads. Yarn pull-out test method is an experimental 

approach that evaluates properties associated with 

yarn movement in a fabric. Yarn pull-out behavior 

of Kevlar KM-2 fabric with varying pull-out speeds 

and friction coefficients is studied by using a 
numerical dynamic yarn pull-out test based upon an 

explicit digital element method (DEM). This yarn 

pull-out can serve as an important energy absorption 
mechanism during ballistic impact of woven fabric. 

The study shows that pull-out force, pull-out energy, 

stress in pulled yarn all increase with increasing 
pull-out speed and friction coefficient. The 

maximum pull-out force and uncrimping energy 

increase quadratically with friction coefficient but 

vary linearly with pull-out speed. The pull-out zone 

propagates fast along pulled yarn to disturb the yarn 

structure, while yarn uncrimping spreads and yarn 

sliding transfers gradually to the free end. 

Introduction  

Yarn stretch, uncrimping, and slip are different types 
of yarn movements that occur prior to or during 

fabric failure under dynamic loads. As such, an 

experimental or numerical method is needed to 

investigate interactions between yarns and evaluate 

yarn resistance against movement, especially for 

large deformation such as tearing and ballistic 

impact. The yarn pull-out test method is an 

experimental approach that evaluates these 

properties and is a bridge to fabric ballistic 

resistance investigations. In yarn pull-out test, a 
selected yarn in the middle of a fabric is simply 

pulled out of the weave, and the pull-out force along 

with yarn displacement is recorded for the purpose 
of mechanical and inter-yarn property evaluation. 

Many variations to the yarn pull-out apparatus have 

been developed. The earlier pull-out test approach 

was developed by Sebastian et al. [1, 2]  and 

Motamedi et al. [3] by mounting fabric on a frame, 

connecting a selected yarn to a hook, and moving 

the frame. They studied yarn pull-out from plain 

woven cotton fabrics. Martinez et al. [4] studied the 

friction force required to completely pull out a single 

yarn from Kevlar fabrics by loading a static pressure 

over the full area of the fabric. Both groups found 

that pull-out force increased as fabric length 
increased. Bazhenov [5] performed yarn pull-out test 

on Aramid fabrics with different yarn counts and 

denier. The experiment utilized a fabric holding 
fixture at the bottom that was flat on left and right 

sides and curved up as U-shape in the middle 

(referred to as PI-shape by the author). The free end 
of the pulled yarn was centered under the U-shape 

section and was therefore unconstrained, while the 

fabric was clamped by the flat sides. The transverse 

edges were also unconstrained. Although this setup 

eliminates the effect of fixture, it has several 

limitations: the fabric cannot displace at the clamped 

end; once the fabric was clamped, only one pull-out 

test can be performed; and the setup does not allow 

transverse force to be applied. It was found that the 
maximum pull-out force increased linearly with 

fabric length and a linear relation existed between 

the uncrimping portion of the curve and yarn 

displacement. Shockey et al. [6] improved the pull-

out test design by clamping and preloading the 

fabric’s transverse edges. A strong dependency of 

pull-out force to yarn count and transverse force was 

shown in his study. Similar methods with some 

minor modifications have been employed in 

numerous studies [7, 9-17]. The improved design 
simplifies tests not only by eliminating the fixture 

effects but also by performing a series of pull-out 

experiments without repositioning the grips at the 
edges. Kirkwood et al. [7, 8] performed an edge and 

center yarn pull-out experiments on Kevlar KM2 to 

investigate the relationship between yarn pull-out 

energy and ballistic energy absorption and found 

that yarn uncrimping and yarn translation are 

important mechanisms of energy absorption. King 
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[9] conducted a series of experimental studies on 

frictional resistance of Kevlar yarns at different rates 
to observe both qualitative and quantitative 

properties of the frictional forces that resist yarn slip. 

 
Although there has been much experimental yarn 

pull-out research at the quasi static level, there has 

only been a limited number of numerical studies to 

investigate the pull-out behavior of yarn. Dong et al. 

[11] introduced a 2D simplified FEM model to 

investigate the pull-out behavior by varying cross 

yarn and parallel fiber friction, as well as fiber 

diameter and fabric count. They found that cross-

yarn friction increases the pull-out force, but parallel 
fiber friction does not affect the pull-out force 

significantly. Valizadeh et al [13] created a meso-

level FEM 3D model for the plain woven fabric 

using explicit ABAQUS code. Zhu et al. [14] 

created a 3D FEM model for Kevlar 49 fabric at the 

yarn-level using LS-DYNA with a high pull-out 

velocity up to 1 m/s in comparison to experimental 
tests. The pull-out force obtained from the numerical 

model was higher than that obtained from the 

experiment due to consideration of continuum solid 
yarns. This paper presents a numerical study of 

dynamic yarn pull-out behavior of Kevlar KM2 

fabric in a fiber-level yarn structure. The effects of 
pull-out velocity and friction coefficient will be 

investigated. The pull-out velocity in this study uses 

up to 50 m/s, a velocity high enough to allow for a 

comparison to yarn pull-out velocity (expected Vi > 

17 m/s [8]) under a ballistic impact.  

Numerical Model 

A micro-scale (fiber-level) computational method, 

based on the digital element method, refer to Zhou et 

al. [18], Miao et al. [19],  and Wang et al. [20], has 
been developed to numerically simulate the impact 

of yarn pull-out. Based on this method, a relaxed 34 

× 34 yarn fabric geometry is generated for the yarn 
pull-out test. Generating a relaxed, accurate 

geometry is essential to performing the initial stage 

of the yarn pull-out simulation. An assembly of 19 

digital fibers per yarn was used in this modeled 

geometry. The convergence of modeled yarn 

assemblies in digital element method was checked 

elsewhere [20].  Fig. 1a shows the geometric model 

of the fabric for yarn pull-out. The transverse ends 

of the fabric (top and bottom ends in Fig. 1a) are 
preloaded up to 220 N ± 2%. The ends of the fabric 

in the pull-out direction (left and right ends in Fig. 

1a) are unconstrained. The middle yarn is pulled out 

with a constant velocity of 10, 20, 30, 40, or 50 m/s 

in the unconstrained direction. Three different levels 
of friction coefficients (0.2, 0.3, and 0.4) are used in 

each pull-out speed. 

 

 

Fig. 1. Yarn pull-out process shown in three stages 

 

 

Fig. 2. Yarn pull-out force-displacement profile (The pull-

out velocity is 10 m/s) 

 

Numerical Results and Discussion 

The yarn pull-out process can be divided into two 

stages. In the first stage, the middle yarn is pulled 
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out from the right edge of the fabric with a constant 

velocity. The pulled yarn uncrimps, followed by 
cross-yarns separating from the edges of the fabric 

as shown in Fig 1a. In the second stage, the free end 

of the pulled yarn slides between unconstrained 
neighboring yarns and over the cross-yarns, as 

shown in Fig. 1b. Fig. 2 shows the pull-out force and 

the corresponding average free edge pull-out 

velocity as functions of yarn displacement. In stage 

1, the pull-out force increases and reaches its 

maximum when the pulled yarn fully stretches. This 

is called yarn uncrimping, where the pulled yarn 

progressively straightens and locally disturbs the 

woven yarn structure [6]. In stage 2, the pull-out 
force oscillates regularly. The oscillation in the 

force-displacement curve corresponds to the pull-out 

yarn passing each cross-yarn.  Both the mean value 

and the oscillating amplitude decrease until the yarn 

is completely pulled out. Stage 2 is defined as “yarn 

translation”. The pull-out force exhibits an irregular 

decrease and larger wave length at the first 
oscillation after the peak force. This is due to both 

the yarn translation and edge cross-yarn separation 

occurring at the same time. This edge cross-yarn 
separation is caused by the leading cross-yarn being 

dragged away from the fabric at the right edge and 

slipping along the unconstrained yarns that neighbor 
the pulled yarn. At the left edge, the trailing cross-

yarns that no longer interlock with the pulled yarn 

try to remain straight [9] under the transverse 

tension, while the remaining cross-yarns are pulled 

toward the right under the friction from the pulled 

yarn. This causes the non-interlocking cross-yarns to 

separate from the rest of the fabric. When the free 

end of the pull-out yarn passes each cross-yarn, there 

are one maximum and one minimum in the pull-out 
force vs. displacement curve. The region 

corresponding to these minimum and maximum 

points is called slip-stick region [17]; the yarn 
passing over or under the cross-yarn, while the end 

is bent and stick to the cross-yarn, is described as the 

stick motion, whereas the yarn passing between the 

two cross-yarns is described as the slip motion. This 

behavior is shown in Fig. 3 in which the free end of 

pulled yarn passes three cross-yarns. The stick 

motion causes maxima, while slip motion causes 

minima in the pull-out force. 

 
Fig. 4 shows the displacement as a function of time 

at two ends of the pulled yarn. Since the right end of 

the yarn is pulled at a constant speed, the 
displacement increases linearly with time, while the 

free end of the pull-out yarn shows an oscillation in 

the curve as is shown in the pull-out force curve 

whose behavior is expected. This oscillation in the 
displacement of free end is depicted in Fig. 3 as well 

when it moves up and down while passing each 

cross-yarn. Both velocity and displacement at free 
end show an approximately linear increase in stage 1 

before yarn slipping starts. It can be described as 

fabric movement in the yarn pull-out process. Fig. 

5a-e shows the representative pull-out curve for 

different pull-out speeds and friction coefficients. 

Three different friction coefficients (0.2, 0.3, and 

0.4) are used for each of the five pull-out speeds (10 

m/s, 20 m/s, 30 m/s, 40 m/s, and 50 m/s). The curves 

show that pull-out force consists of approximately 
linear increasing portion and nonlinear decreasing 

portion with oscillations, as is illustrated in Fig. 2.  

 

 

Fig. 3. Slip-stick process causing oscillations at the pull-

out force curve 

 

 

ICCM19 2063



4 
 

Fig. 4. Displacement vs. time profile of two ends of pull- out yarn 

 

Fig. 5. Representative pull-out force vs. displacement curve for different pull-out speed: (a) 10 m/s, (b) 20 m/s, (c) 30 m/s, 

(d) 40 m/s, (e) 50 m/s 

 

 

Fig. 6. Stress distribution along pull-out yarn, during the pull-out process, at pull-out speed of 10 m/s and 0.3 friction 

coefficient (ms = millisecond)
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Fig. 7. Friction force per unit length along pull-out yarn 

during the pull-out process (ms = millisecond) 

 

Fig. 5a-e shows that increasing friction coefficient 

results in larger frictional shear force and larger pull-

out force. As shown in Fig. 5a, the peak pull-out 

force increases from 2.43N to 25.68N when the 

friction coefficient increases from 0.2 to 0.4 for 10 

m/s pull-out speed. Fig. 6 shows the distribution of 

stresses along the length of the pulled yarn at a pull-

out speed of 10 m/s at a friction coefficient of 0.3. 

Fig. 6a and Fig. 6b show the stress distribution in 
stage 1 and stage 2, respectively, at various times 

during the pull-out process. In stage 1, the pull-out 

force increases and the yarn tension expands 
gradually from the pulled end to the free end. Once 

the yarn tension reaches the free end, sliding 

between the fabric and the pulled yarn begins. The 
stress increases in each time step and reaches a 

maximum at peak pull-out force. In stage 2, the yarn 

tension decreases when the free end of the pulled 

yarn passes a cross-yarn. The stress decreases in 

each time step. The stresses are plotted at several 

peak points of the oscillations in stage 2. Fig. 7 

describes the distribution of friction force per unit 

length along the length of the pulled yarn at various 
times during the pull-out process. Fig. 7a shows that 

the friction force increases in stage 1 based on the 

movement of yarn coordinate and reaches the 
maximum at the peak pull-out force. The peak 

location in each curve is related to the uncrimping 

process of the pulled yarn. When the yarn movement 

is transferred to the free end of the yarn, the peak 

point of friction force in each curve occurs at the 

center of the fabric, where the friction is dominant 

due to the transverse preload and maximum contact 

force. The friction forces are plotted at several peak 

points of the oscillations in stage 2 at the same times 
as Fig. 6. Fig. 8 shows the yarn velocity along the 

pulled yarn length in stage 1. The yarn movement 

occurs with the yarn uncrimping process. The pull-

out speed is transferred to the free end when the yarn 

is stretched, until it reaches the value of pull-out 

speed when the free end starts to slide. A large 

scatter at free end of the yarn is observed since the 
free end deforms freely without any constraint. 

Effect of Friction Coefficient 

To investigate the effect of friction coefficient, the 
peak pull-out force and pull-out energy are used for 

comparison. Fig. 9 shows the pull-out energy vs. 

yarn displacement at a pull-out speed of 10 m/s. The 
curve shows that the pull-out energy is significantly 

increased with increasing friction coefficient. Fig. 10 

shows that the maximum pull-out force increases 

quadratically with friction coefficient at each pull-

out speed. Increasing friction coefficient 

 

 

Fig. 8. Pull-out speed along pull-out yarn coordinate at 

various times (10 m/s pull-out speed) 
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Fig. 9. Yarn pull-out energy at different friction 

coefficient 

 

 

Fig. 10. Maximum pull-out force vs. friction coefficient at 

different pull-out speed 

 

 

Fig. 11. Pull-out yarn uncrimping energy vs. friction 

coefficient at different pull-out speed 

 

increases the frictional shear force and hence leads 

to an increase of pull-out force. The uncrimping 
energy also shows a quadratic increase with friction 

coefficient at each level of pull-out speed, as shown 

in Fig. 11. The increase in uncrimping energy can be 
linked to the increased pull-out force from higher 

frictional resistance, since energy is proportionally 

related to the product of pull-out force and yarn 

displacement. 

Effect of Pull-out Speed 

The effect of pull-out speed on the peak pull-out 

force and pull-out energy is also investigated. Fig. 

12 shows the pull-out energy as a function of 

displacement at different pull-out speeds. The curves 
show that the pull-out energy increases significantly 

with pull-out speed. Fig. 13 shows that the 

maximum pull-out force increases approximately 

linear with pull-out speed at each friction coefficient. 

Increasing pull-out speed increases the cross-yarn 

tension which affects the contact force and leads to 

an increase in the pull-out force.  The uncrimping 
energy shows a linear increase with pull-out speed in 

Fig. 14 at each level of friction coefficient. The 

increase in uncrimping energy is linked to the 
increased pull-out force caused by increased contact 

force from cross-yarns. Fig. 15 shows the stress 

distribution along the pulled yarn at the time where 
pull-out forces reach to the maximum at each pull-

out speed. A higher pull-out speed increases the 

peak pull-out force which also increases the yarn 

stress along the pulled yarn. The flat portion in the 

curve corresponds to the out of fabric length of the 

pulled yarn for which there is no more frictional 

resistance from cross-yarns and the tensile force 

remains constant. 

 

 

Fig. 12. Effect of pull-out speed on the energy 

displacement curve (friction coefficient of 0.3 is used) 
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Fig. 13. Maximum yarn pull-out force vs. pull-out speed 

at different friction coefficient 

 

 

Fig. 14. Pull-out yarn uncrimping energy vs. pull-out 

speed at different friction coefficient 

 

Conclusion 

The numerical dynamic yarn pull-out test at fiber-

level using explicit digital element method is 

conducted on Kevlar KM2. The pull-out behavior of 

a single yarn with constant pull-out speeds of 10 m/s, 

20m/s, and 30m/s, 40 m/s, and 50 m/s at three levels 

of friction coefficients is presented in this paper. The 

results show that increasing pull-out speed and 

friction coefficient significantly increases the pull-
out force. The energy needed to pull the yarn out 

also depends strongly on pull-out speed and friction 

coefficient. The yarn stress increases along the yarn 
length, starting from the free end, and smoothens 

 

Fig. 15. Stress distribution along pulled yarn at peak pull-

out force of each pull-out speed level 

 

toward the pulled end where the yarn is pulled out of 

the fabric at each time step. The friction force 

increases along the yarn length, starting from the 

free end, reaches a maximum and decreases toward 

the pulled end where the yarn becomes straightened 
in stage 1. The peak point of the friction force moves 

towards the center of the fabric at the end of stage 1. 

In stage 2, the maximum friction force at each time 
step occurs at the center of the fabric, where the 

friction is dominant due to the transverse preload 

and maximum contact force. The yarn sliding 
transfers to the free end gradually along with yarn 

uncrimping process. More research is needed to 

investigate the relationship between fabric yarn pull-

out properties and ballistic impact resistance. An 

attempt is also needed to validate the result of 

numerical simulation with experimental data. 
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1. Introduction   
In the aerospace and automotive applications 

driveshafts are manufactured using fiber reinforced 

composite materials. During the design stage of the 

driveshaft, it is essential to determine the natural 

frequencies and the critical speeds of the driveshaft 

such that the resonance phenomena can be avoided. 

Compared to a conventional metallic driveshaft, a 

composite driveshaft gives higher natural 

frequencies and critical speeds, and lower vibration. 

In addition, they are also lightweight structures, 

especially when they are tapered. The design of the 

driveshaft is dependent on its fundamental natural 

frequency, and tapering the driveshaft can 

substantially improve the value of this natural 

frequency. 

Zinberg and Symonds [1] experimentally performed 

rotordynamic analysis of advanced composite shaft, 

and they determined the critical speeds of the 

composite shaft; the results showed superiority of 

the composite shafts over the aluminum alloy shafts.  

Ingle and Ahuja [2] designed an experimental set-up 

to investigate the vibration of a high speed 

composite shaft in aerostatic conical journal. Based 

on a first-order shear deformable beam theory, 

Chang et al. [3] developed equations of motion of 

uniform composite shaft using Hamilton’s principle. 

They performed rotordynamic analysis to find out 

the natural frequencies and critical speeds. Moreover, 

Chang et al. [4] studied the vibration of the rotating 

composite shafts containing randomly oriented 

reinforcements. Librescu et al. [5] studied the 

stability of rotating tapered composite shaft 

subjected to an axial compressive force; the results 

showed that tapering the composite shaft shifts the 

domain of divergence and flutter instability to larger 

rotating speeds. Moreover, Boukhalfa and Hadjoui 

[6] analyzed the free vibration of uniform composite 

shaft using the hierarchical finite element method. 

Al Muslmani and Ganesan [7] developed a finite 

element model for rotordynamic analysis of uniform 

composite shaft using Hermitian – conventional 

finite element. Qatu and Iqbal [8] provided the exact 

solution for a two-segmented composite driveshaft 

joined by a hinge. Kim et al. [9] studied the effect of 

steel core on the bending natural frequency of steel / 

CFRP hybrid shafts. Kim et al. [10] developed a 

mechanical model for a tapered composite 

Timoshenko shaft. The model represented an 

extended length tool holder at high speed in end 

milling or boring operation. The structure of the 

shaft had clamped – free supports. They used the 

general Galerkin method to obtain the spatial 

solutions of the equations of motion. They studied 

forced torsional vibrations, dynamic instability, 

forced vibration response, and static strength of a 

tapered composite shaft subjected to deflection-

dependent cutting forces. 

In the present paper, a finite element model for 

tapered composite driveshaft using Lagrangian finite 

element formulation is developed for rotordynamic 

analysis. The strain and kinetic energy expressions 

for tapered composite driveshaft are obtained and 

then the Lagrange’s equation is applied to develop 

the governing equations. Timoshenko beam theory is 

adopted, so that the effect of shear deformation is 

included in the model in addition to the effects of the 

rotary inertia, the gyroscopic forces, the taper angle, 

the axial load, and the coupling effects due to the 

lamination of composite layers.  

2. Rotordynamic Analysis 

Figure 1 shows a single lamina deformed into a 

conical tube with taper angle α that can change 

functionally in x direction. The principal material 

directions are denoted by 1, 2, and 3. The axis 1’ 

extends along the tapered tube surface while 3’- axis  
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Fig. 1. Single composite lamina deformed into tapered cylinder 

 

axis is perpendicular to the same surface. The fiber 

angle ƞ is the angle between 1-axis and 1’-axis and 

the angle between 2-axis and 2’-axis. 

2.1. Stress-Strain relationship for tapered 

composite shaft 
To obtain the stress-strain relations of tapered tube 

lamina in cylindrical coordinate system (x, θ, r), 

transformation from the principal material 

coordinate system (1, 2, 3) to cylindrical coordinate 

system (x, θ, r) must be done. To do this, it is 

necessary to apply sequence of transformations as in 

the following: 

 

1) ƞ about 3-axis in principal material 

coordinate system (1, 2, 3). 

2) α about 2’-axis in primed coordinate system 

(1’, 2’, 3’). 

 

The stress-strain relations for a lamina in the 

principal material directions are 

                 (1) 

where [Q] is the stiffness matrix of a single lamina. 

After performing the rotation ƞ about 3-axis in 

principal material coordinate system (1, 2, 3), the 

relation between stresses and strains in primed 

coordinate system (1
’
, 2

’
, 3’) can be written as: 

                        (2) 

where    ] is the transformed stiffness of the layer 

and can be calculated by the following equations  
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where  
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m = cos ƞ ; n = sin ƞ (6) 

By considering the rotation α about 2
’
-axis in primed 

coordinate system (1
’
, 2

’
, 3

’
), the stress-strain 

relation in cylindrical coordinate system (x,  , r) can 

be written as 

                  
(7) 

where      is the transformed stiffness of the layer 

and can be calculated by the following equation : 
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where  
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(10) 

c = cos α ; s = sin α (11) 

  

2.2. Strain-displacement relations 

Timoshenko beam theory is considered here to study 

the transverse vibration of the composite shaft. So, 

the displacement fields of the composite shaft are 

assumed as  

                              (12) 

                   (13) 

                   (14) 

where         and        .   ,            

are the displacements of any point of the composite 

shaft in x, y and z directions, and         are the 

displacements of a point on the reference axis of the 

shaft in y and z directions and    and    are the 

rotation angles of the cross-section about y-axis and 

z-axis. Using Equations (15) - (17), the strains can 

be obtained as 
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The strain components in cylindrical coordinate 

system (x, θ, r) can be written in terms of the strains 

in the Cartesian coordinate system (x, y, z) as  
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where        and       . Substituting 

Equations (18) – (19) into Equation (24), one can get  
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(27) 

In Timoshenko beam theory, the shear correction 

factor    is used to adjust the stress state. By 

considering Equations (26) – (28) and introducing 

the shear correction factor    , the stress – strain 

relations in Equation (9) can be expressed as  

 
 
 
 
 
 
   

   

   

   

   

    
 
 
 
 
 

 

 
 
 
 
 
 
 
     

    

    

      

      

      

   

      

      

      

      

      

      

  

      

      

      

      

      

      

  

 
 
 
 
 
 
 
 

 

   

   

   

  (28) 

2.3. Kinetic and Strain energy expressions 

Since the mass, the diametral mass moment of 

inertia and the polar mass moment of inertia of a 

tapered composite shaft change with respect to the 

axial coordinate x of the shaft, the kinetic energy for 

tapered composite shaft is  
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(29) 

where     ,    ,      are the mass per unit length, 

diametral mass moment of inertia, and polar mass 

moment of inertia.  
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where n is the number of the layers in the laminate, 

and    is the density of the layer.             are the 

outer radius and inner radius of the s-th layer. For 

conical shape, the inner radius and outer radius are    

          
 

 
     

 

 
    (33) 

          
 

 
     

 

 
    

(34) 

where    ,    ,    , and      are the inner and outer 

radii and they are defined in Figure 2. 
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Fig.2. Typical tapered shaft element 

 

The strain energy of tapered composite shaft due to 

bending moments and shear forces is 

    
 

 
       

         

 

 (35) 

Considering Equations (25) - (30) the strain energy 

    can be written as   
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where 
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After applying the integrations in Equations (40) – 

(47), the stress resultants and stress couples of the 

tapered composite shaft are 
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where 
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The strain energy     in Equation (39) represents 

the strain energy of the composite shaft that results 

from the bending moment and the shear force, but 

when the composite shaft is under a constant axial 

force, the total strain energy of the composite shaft 

is  

               (60) 

where    is the external work done on the shaft due 

to a constant axial force P and can be written as  

   
 

 
    

  

  
 
 

  
  

  
 
 

   
 

 

 (61) 

2.4. Lagrangian composite shaft element 

formulation 

The Lagrangian interpolation functions are used here 

to approximate the displacement fields of the tapered 

composite rotor. Figure 3 shows an element with 

three nodes; two nodes are at the ends of the element 

and one node is at the centre of the element. Each 

node has four degrees of freedom, two translational 

in y and z directions and two rotational about y and z 

axes. The shape functions that are used to 

approximate field solution are  
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Fig.3. Beam element with three nodes 

 

 

Thus, the displacement field variables can be written 

as: 

                

 

   

 (65) 

                

 

   

 (66) 

                  

 

   

 (67) 

                  

 

   

 (68) 

After substituting Equations (68) - (71) into the 

energy expressions: Equations (32), (39), and (64), 

and applying the Lagrange’s equations, one can 

obtain the equations of motion of free vibration of 

tapered composite driveshaft as 

                                  (69) 

where  
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(78) 

 

where     is the mass matrix,     is gyroscopic 

matrix,     is the stiffness matrix, and      is the 

geometric stiffness matrix due to axial load. The 

detailed expressions of the sub-matrices are given in 

the appendix.    

 

3. Validation 
In the following example, the fundamental natural 

frequency and first critical speed of the tapered 

composite shaft are studied using finite element 

method and the Rayleigh-Ritz method. In this 

analysis, a hollow tapered composite shaft made of 

graphite-epoxy lamina is considered. The shaft is 

simply supported at the ends; the outer diameter of 

the composite shaft at the left end is 12.69 cm while 

the outer diameter at the right end increases with 

changing the taper angle. The outer diameter of the 

composite shaft at the left end is constant for all the 

taper angles. Figure 4 shows the configuration of the 

tapered graphite - epoxy composite shaft. The 

properties of the graphite-epoxy composite material 

are listed in Table 1. The wall thickness of the 

tapered composite shaft is 1.321 mm, and the 

composite shaft is made of ten layers, each with the 

same thickness. In addition, the configuration of the 

composite shaft is [90
o
/45

o
/-45

o
/0

o
6/90

o
] and the lay-

up starts from the inside. The total length of the 

composite shaft is 2.47 m. The correction factor ks 

for the composite shaft at the zero taper angle is 

0.503, yet this value is considered for all taper 

angles in this example. 

Table 1 Properties of the composite materials 

Properties Boron-epoxy Graphite-epoxy 

E11 (GPa) 211 139 

E22 (GPa) 24 11 

G12 = G13 (GPa) 6.9 6.05 

G23 (GPa) 6.9 3.78 

ν12 0.36 0.313 

Density (Kg/m
3
) 1967 1578 

 

 
Fig.4. The configuration of the tapered graphite - epoxy 

composite shaft 

 

Twenty elements with equal length are used for the 

analysis. The same number of elements was used for 

all the taper angles. In Rayleigh-Ritz method, five 

Ritz terms were used. The first critical speeds of the 

tapered composite shaft calculated using the finite 

element model are illustrated in Table 2 beside the 

speeds obtained using the Rayleigh-Ritz solution. It 

can be seen from Table 2 that the difference is small 

between the present model and the Rayleigh-Ritz 

solution in obtaining the first critical speed. The 

difference does not exceed 4% between them in 

obtaining the first critical speed when the taper angle 

is 4
o
.  

Another observation from Table 2 is that the critical 

speed of the composite shaft increases when 

increasing the taper angle, because the 

circumference of the cross-section increases through 

the length of the shaft from the left end to the right 

end when increasing the taper angle. This means the 

amount of composite material increases through the 

length of the shaft when increasing the taper angle, 

which makes the tapered composite shaft stiffer than 

the uniform composite shaft. The natural frequencies 

of the tapered composite shaft are shown in Table 3; 
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the results were obtained at 10,000 rpm and the 

results obtained by finite element model are 

comparable with the results predicted using the 

Rayleigh-Ritz method.   

Table 2 First critical speed in rpm of the tapered 

composite shaft with different taper angles using finite 

element method and Rayleigh-Ritz method 

Taper 

angle 

 

Lagrangian  

finite element 

Rayleigh-Ritz 

method 

0
o 

5219 5220 

1
o 

6645 6667 

2
o 

7718 7820 

3
o 

8525 8772 

4
o 

9121 9510 

 

Table 3 The natural frequencies in Hz of the tapered 

composite shaft at 10000 rpm with different taper angles 

obtained using finite element method and Rayleigh-Ritz 

method. 

Taper 

angle 
Mode 

Lagrangian 

finite element 

Rayleigh-

Ritz method 

0
o 

 

BW1 86 87 

FW1 87 88 

BW2 316 316 

FW2 319 319 

1
o 

 

BW1 110 110 

FW1 112 112 

BW2 386 386 

FW2 390 389 

2
o 

 

BW1 128 130 

FW1 131 132 

BW2 436 436 

FW2 440 441 

3
o 

 

BW1 142 146 

FW1 145 149 

BW2 472 473 

FW2 476 477 

4
o 

BW1 152 159 

FW1 157 163 

BW2 499 500 

FW2 502 504 

4. Numerical examples 
In this example, rotordynamic analysis of the 

tapered composite shaft is conducted. The tapered 

composite shaft has a disk at its mid-length and two 

bearings at the ends; the configuration of the tapered 

composite shaft is illustrated in Figure 5. The shaft 

is made of a graphite-epoxy composite material, and 

the geometric properties of the composite shaft are 

given in Table 4. Different taper angles are 

considered in the analysis. The inner and outer 

diameters at the left end of the shaft do not change 

with changing the taper angle, while at the right end 

they increase when increasing the taper angle. The 

tapered composite shaft is modeled by twenty 

elements of equal length. 

 
Fig.5. The configuration of the tapered composite shaft 

with a disk at its mid-length 

 

Table 4 The geometric dimensions and properties of the 

tapered composite shaft 

Composite Shaft 

Inner diameter ,ID = 0.028 m 

Outer diameter ,OD = 0.048m 

Length, L = 0.72 m 

Lay-up from inside 

[90/45/-45/06/90] 

Shear correction factor,    = 0.56 

Disk 

Mass = 2.4364  Kg 

Diametral mass moment of  inertia, 

Id = 0.1901 Kg.m
2
 

Polar mass moment of inertia, 

Ip = 0.3778 Kg.m
2
 

Bearing 

Kyy  =  Kzz  = 17.5  MN/m 

Czz  = Cyy  = 500  N.s/m 

Table 5 shows the first critical speeds of the tapered 

composite shaft for different taper angles, and it can 

be seen from the table that the first critical speed 

increases when increasing the taper angle. However, 

Figure 6 shows that the increase in the first critical 

speed when increasing the taper angle does not 

continue because the first critical speed reaches its 

maximum at 10
o
 taper angle and then starts to drop 

off when increasing the taper angle; to understand 

why this happens, one needs to return to Equations 

(51) – (59) and to look at Figure 7.The equations 

represent the        matrix that depends on the 

stiffness and the radius of the layer. Whereas, Figure 
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7 represent the material stiffnesses for each single 

layer of the tapered composite shaft; from the 

figures it is clear that      is much higher than 

               and      for all the layers and the taper 

angles, and      decreases with increasing the taper 

angle except for the layer with fiber orientation of 

90
o
. Consequently, in Figure 6, the inner and the 

outer radii of the layer control the first critical speed 

for taper angle of           while      controls 

the first critical speed for taper angle of       
   .     

Table 5 The first critical speed in rpm of the tapered 

composite shaft for different taper angles. 
Taper angle Lagrangian finite element solution 

0
o 

7328 

1
o 

9772 

2
o 

11551 

3
o 

12912 

4
o 

13935 

 

 
Fig. 6. The first critical speeds of the tapered composite 

shaft for different taper angles 

 

Moreover, the effect of the disk position on the first 

critical speed is studied. Figure 8 shows the tapered 

composite shaft with different disk positions. Table 

6 illustrates the first critical speed of the tapered 

composite shaft for different disk positions and taper 

angles. For taper angles of 0
o 

and 1
o
 the maximum 

value of the first critical speed happens when the 

position of the disk is located at the center, while for 

taper angles between 2
o
 and 4

o
 the maximum value 

of the critical speed happens when the disk is located 

at a distance of 4L/10 from the left end. It can be 

said for high taper angles that the critical speed 

reaches its maximum as the disk approaches the left 

bearing where the inner and outer diameters are 

smaller than that at the right end. 

 
Fig. 7.                      and      for the layer of 

graphite-epoxy with fiber orientation angle of 0
o
 

 

3L/10

4L/10

5L/10

 
Figure 8 Tapered composite shaft with different positions 

of the disk. 
 
Furthermore, the effect of the stacking sequence of 

the layers on the first critical speed of the tapered 

composite shaft is analyzed. Table 7 illustrates the 

first critical speed for different stacking sequences 

and taper angles. The lay-up for the layers starts 

from inside, and there are ten layers with four 

different fiber orientation angles. The layers near the 

outer surface have larger circumferences and 

volumes than those near the inner surface of the 

shaft, and they resist more bending moment than 

those layers that are nearer to the inner surface; as a 

result, the outer surface layers control the stiffness of 

the shaft. Consequently, it can be observed from 

Table 7 that laying up the layers that have high 

stiffness near the outer side of the shaft increases the 

critical speed. For example, at a taper angle of 4
o
, 

the first critical speed of the configuration [06
o
 

/90
o
/45

o
/-45

o
/90

o
] is 13474 rpm, and in this 

configuration the layers that have fiber orientation of 
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0
o
 are laid up on the inner side of the shaft. The 

layers with fiber orientation of 0
o
 have higher 

stiffness than other layers, so laying them up near 

the outer surface increases the critical speed. Thus, 

the configuration [90
o
/45

o
/-45

o
/90

o
/06

o
], where the 

layers with 0
o
 fiber orientation are laid-up on the 

outer side of the shaft, has higher first critical speed 

than the other configurations in Table 7. Moreover, 

it can be observed from the Table 6 that the 

difference between the first critical speeds of the 

configurations A and E decreases when increasing 

the taper angle; for example, at 0
0
, 2

o
, and 4

o
 the 

differences in first critical speeds between the 

configurations A and E are 19%, 9.4%, and 5.1%, 

respectively. This is an indication that increasing the 

taper angle eliminates to some extent the effect of 

stacking sequence on the first critical speed and the 

natural frequencies.  

 
Table 6 First critical speed in rpm of the tapered 

composite shaft for different taper angles and positions of 

the disk 

Taper 

angle  

The position of the disk  

3L/10 4L/10 5L/10 6L/10 7L/10 

0
o 

5748 6602 7328 6602 5748 

1
o 

8144 9570 9760 8889 8159 

2
o 

10448 12011 11537 10829 10273 

3
o 

12532 13511 12903 12405 12033 

4
o 

14224 14408 13935 13639 13440 

5
o 

15285 15002 14699 14573 14527 

 

In the following example, the effect of the axial load 

on natural frequencies of tapered composite shaft is 

studied. The tapered composite shaft is fixed by a 

bearing at one end and is free at the other end. The 

shaft is made of boron-epoxy composite material, 

and the properties of the composite material are 

listed in Table 1. The tapered composite shaft is 

made of ten layers, and the thickness of each layer is 

0.25 mm. The configuration is [90
o
/45

o
/-45

o
/0

o
6/90

o
].  

Also, the length of the shaft L is 0.5 m and the inner 

diameter di at the free end is 1 cm. The tensile and 

compressive loads are applied at the free end of the 

tapered composite shaft, and the compressive loads 

are less than the buckling loads. The effect of 

applying the tensile and the compressive loads on 

the first natural frequencies of the tapered composite 

shaft is illustrated in Table 8 and Table 9. According 

to the results in the tables, the tensile load increases 

and the compressive load decreases the natural 

frequency. This is because the tensile load increases 

the stiffness of the tapered composite shaft, while 

the compressive load decreases it. In addition, 

increasing the taper angle increases the natural 

frequency and the first critical speed for both the 

tensile and compressive loads. 
 

In addition, the effect of the length on the first 

critical speed of the tapered composite shaft is 

studied. Figure 9 shows the configuration of the 

tapered composite shaft with different lengths. The 

length of the tapered composite shaft changes from 

L to 0.7 L by 10 percent every time, the first critical 

speeds were obtained for different taper angles for 

each length. The inner diameter at the free end of the 

tapered composite shaft is kept at 1 cm, whereas the 

inner diameter of the other end changes with the 

changing taper angle and length. 

 
L

0.9 L

0.8 L

0.7 L

Figure 9 Different lengths of the tapered composite shaft. 

Figure 10 shows the first critical speeds for different 

lengths. One can observe from the figure that the 

first critical speed increase either when the 

length decreases or when the taper angle 

increases. Also, the difference between the first 

critical speeds increases with an increasing taper 

angle. For example, at 5
o
 taper angle the difference 

between the first critical speed of the length L and 

length 0.7L is higher than the difference at 0
o
 taper 

angle. 

Moreover, the effect of the bearing’s stiffness on the 

first critical speed is illustrated in Figure 11.The 

stiffness of the bearing varies from 0.01 MN/m to 10 

GN/m. The figure shows that, at low bearing 

stiffness, increasing the taper angle decreases the 

first critical speed; despite the fact that, at high 

bearing stiffness, increasing the taper angle increases 

the first critical speed. In addition, it can be observed 

from the figure that at a small taper angle the 

required stiffness for the bearing to be considered as 
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simply supported condition, which is the condition 

that increasing the stiffness of the bearing does not 

affect the first critical speed and the natural 

frequencies any more, is lower than the stiffness 

required for the bearing at large taper angle 

 
Figure 10 First critical speeds for different lengths  

 
Figure 11 First critical speeds for different bearing 

stiffness values  

 

Table 7 The first critical speed in rpm of the tapered composite shaft for different taper angles and stacking sequences 

determined using Lagrangian finite element model 

Configuration Stacking sequence 
Taper angle, degrees 

0
o 

1
o 

2
o 

3
o 

4
o 

A [06
o
 /90

o
/45

o
/-45

o
/90

o
] 6475 8962 10848 12333 13478 

B [90
o/
06

o
 /45

o
/-45

o
/90

o
] 6821 9308 11166 12613 13718 

C [90
o
/45

o
/06

o
 /-45

o
/90

o
] 7060 9530 11354 12758 13823 

D [90
o
/45

o
/-45

o
/06

o
/90

o
] 7328 9772 11551 12912 13935 

E [90
o
/45

o
/-45

o
/90

o
 /06

o
] 7707 10129 11868 13184 14167 

Table 8 Natural frequencies in Hz of the tapered composite shaft at 5000 rpm with different tensile loads  

Tensile Load  

(KN) 
Mode 

Taper angle, degrees 

0
o 

1
o 

2
o 

3
o 

4
o 

5
o 

1 
BW1 433 744 1027 1274 1484 1659 

FW1 434 746 1029 1276 1486 1662 

9 
BW1 545 802 1064 1301 1504 1675 

FW1 546 803 1066 1303 1507 1677 

Table 9 Natural frequencies in Hz of the tapered composite shaft at 5000 rpm with different compressive loads  

Compressive 

Load (KN) 
Mode 

Taper angle, degrees 

0
o 

1
o 

2
o 

3
o 

4
o 

5
o 

1 
BW1 398 729 1018 1268 1479 1655 

FW1 398 731 1019 1270 1481 1658 

9 
BW1 214 662 977 1240 1459 1639 

FW1 214 663 979 1242 1461 1641 
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5. Conclusion  
In this study a finite element model is developed for 

the rotordynamic analysis of the tapered composite 

shaft. The model is developed using the Lagrangian 

finite element formulation and based on Timoshenko 

beam theory. The effects of rotary inertia, transverse 

shear deformation, gyroscopic force, axial load, 

coupling due to the lamination of composite layers, 

and taper angle are taken into account. In order to 

validate the finite element model, Rayleigh - Ritz 

method is used to obtain an approximate solution for 

simply-supported tapered composite shaft. 

Numerical example are given, and it is found that 

the bending natural frequencies and first critical 

speeds, for different taper angles of the tapered 

composite shaft, determined using Rayleigh-Ritz 

method are in agreement with those obtained using 

finite element model. In this work, increasing the 

taper angle of the tapered composite shaft means 

that the inner and outer diameters at one end are 

constant while the inner and outer diameters at the 

other end increase with increasing the taper angle. 

Consequently, it is found that increasing the taper 

angle increases the bending natural frequencies and 

first critical speed of the tapered composite shaft. 

However, it is seen through the numerical results 

that this direct relationship between the first critical 

speed and the taper angle does not sustain because 

the first critical speed reaches its maximum value at 

10
o
 and then starts to drop-off with increasing the 

taper angle.      
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1 Introduction 

Recently, a new split-shear torsion (SST) test was 

introduced to determine the mode III delamination 

toughness (GIIIc) of unidirectional laminated 

composites [1, 2]. The SST is conceptually similar to 

mode III loading of the shear-torsion-bending (STB) 

test [3]. SST tests performed on specimens with and 

without preimplanted edge delaminations have been 

shown to produce the same toughness as mode III 

STB tests using specimens of identical material and 

geometry [1, 2]. To further assess whether the SST 

was yielding a true value of GIIIc, tests were also 

performed over a range of delamination lengths. 

However, toughness was observed to decrease with 

increasing delamination length [1, 2]. This is not an 

observation unique to SST; indeed, variations of GIIIc 

with delamination length have also been observed in 

mode III with both the modified split cantilever 

beam (MSCB) [4, 5] and the edge crack torsion 

(ECT) [6-9] tests. The MSCB is a split beam test 

similar to the SST and shows an analogous 

decreasing trend in apparent GIIIc with increasing 

delamination length, whereas the apparent value of 

GIIIc typically increases with delamination length in 

the ECT. Here, the term “apparent GIIIc” is used, as 

the geometrical dependence indicates that the tests 

are not yielding a true material property. 

Considering the number of research groups and the 

variety of test methods and materials studied, it now 

appears increasingly unlikely that the observed 

geometric dependencies are all artifacts of the 

various test methods. Rather, it is more probable that 

there is an effect related to mode III growth that is 

not yet fully understood. 

To address the above, parallel and coordinated 

studies were initiated using the SST test, as 

described in the preliminary work in Ref. [2] and in 

the study that follows, and using the ECT test, as 

described in Ref. [10]. Initially, specimens tested in 

both configurations were sectioned transversely, i.e., 

parallel to the delamination front and perpendicular 

to the plane of the delamination, at locations 

immediately ahead of the delamination front. This 

approach has apparently not been taken in the past; 

previously, composite mode III specimens have only 

been sectioned in a plane that is parallel to that of 

the delamination [3, 6-8]. This new approach 

showed that, in both specimen types, matrix cracks 

were readily observable in a plane transverse to the 

delamination. These cracks were oriented at 

approximately 45° and extended into the plies above 

and below the delamination [2, 10]. These initial 

section cuts were performed on specimens in which 

delamination growth had already occurred, and 

therefore did not provide any information on 

whether the matrix cracks initiated before, 

concurrently with, or subsequent to the initiation of 

planar delamination advance. If these cracks initiate 

prior to or concurrently with planar growth, then this 

would indicate that delamination advance is very 

different from what is generally assumed. It follows 

that neither test (SST or ECT) would measure mode 

III toughness in the conventional sense, and that the 

presence of these cracks may be responsible for the 

observed dependence of toughness on test geometry.  

The overarching goal of this work and its companion 

study [10] is to assess the influence of the matrix 

cracks described above on the perceived toughness 

in common mode III delamination toughness tests. 

To that end, the first goal of this investigation is to 

assess whether the matrix cracks that have been 

observed at the delamination front in delaminated 

SST specimens are already present when 

delamination advance initiates. The second, related 

goal, is to assess the specific progression of 

“damage,” used here to denote the accumulation and 

growth of matrix cracks, that is associated with what 

has heretofore been considered mode III growth. The 

third and final goal is to relate these findings to 

observations of the apparent mode III toughness 

from SST tests and, to whatever extent possible, 

other mode III delamination toughness tests. 
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2 Experimental Methodology 

2.1 Test and Specimen Geometries  

Figure 1 presents a schematic representation of the 

SST test. The fixture may be used in a uniaxial load 

frame in the configuration shown. One load block is 

attached to the load cell, and the other to the 

actuator. The location of the bottom load block is 

adjustable in the z-direction via slots in order to 

accommodate specimens of various thicknesses. 

Both load blocks contain two holes sized for bolts. 

Load tabs are used to transfer load from the fixture 

to the specimen through these bolts. The load tabs 

are 50.8 mm x 31.75 mm x 6.25 mm thick, and 

contain two threaded bolt holes which are positioned 

to be as close to the specimen as possible without 

contacting it. Load tabs, which are more clearly 

visible in Fig. 2, are bonded to the specimen using 

Hysol EA 9309.3 NA adhesive, which is a two-part 

epoxy containing 0.13 mm diameter glass beads to 

enforce a consistent and uniform thickness bond 

line. These load blocks and load tabs are slightly 

different from those used previously. These changes 

and their motivation are described subsequently. 

Nomenclature for an SST test specimen is also 

presented in Fig. 1. The enforced boundary 

conditions of the SST test at the cracked end are 

identical to those for the STB test, where the cracked 

legs are constrained to move in translation in the y-

direction only [3]. To accomplish this condition, the 

load blocks and load tabs force the slopes of the 

cracked ends of the specimen to be zero, and 

prevents them from translating in the x- or z-

directions. The specimens used in this study have 

width B=25.4 mm, thickness from 2h=3.0   3.3 mm, 

and delamination lengths from a=31.75   76.2 mm. In 

previous works [1, 2], this geometry was called the 

non-edge delaminated SST in order to differentiate it 

from a geometry known as edge delaminated SST. 

Edge delaminations, which were introduced in the 

original STB test [3], may be preimplanted at the 

midplane during manufacture and will cause the 

mode III energy release rate (ERR) to be essentially 

uniform across the delamination front [1-3]. 

However, Ref. [2] showed that testing specimens 

with or without edge delaminations resulted in 

essentially the same value of toughness. Because 

specimens without edge delaminations are easier to 

manufacture, no specimens in this work contain edge 

delaminations. That is, all tests were performed 

using the non-edge delaminated geometry. 

 

 

2.2 Specimen Preparation and Modulus Testing 

This study used primarily unidirectional 26 ply 

IM7/977-3 test specimens, which produced 

specimens that had a thickness of 2h=3.3 mm. These 

were chosen based on the results in Refs. [1-3]. All 

IM7/977-3 test specimens were fabricated at the 

Syracuse University Composite Materials 

Laboratory using an autoclave and the 

manufacturer’s recommended cure cycle. 

Additionally, a small number of tests were 

conducted using unidirectional 24 ply IM7/8552 test 

specimens, which produced specimens that had a 

thickness of 2h=3.0 mm. All IM7/8552 specimens 

were fabricated at NASA Langley Research Center 

in a hot press. 

As described above, specimens were fabricated with 

a variety of preimplanted insert lengths. These were 

generally fabricated following the procedure 

described in Refs. [1, 2]. For IM7/977-3, two 12.7 

μm thick Teflon sheets were cut into rectangles and 

placed at the midplane of a 305 mm x 305 mm plate 

during manufacture. The sheets were oriented 

orthogonally to the fiber direction and located at the 

ends to create the desired insert length. Plates were 

debulked after the 8
th
 and 16

th
 plies. This was done 

to address an issue of somewhat large porosity that 

was observed in previous specimens [2]. Subsequent 

to manufacture, the plates were cut parallel to the 

fiber direction (perpendicular to the Teflon inserts) 

into ten 25.4 mm wide strips. Each of these strips 

contained a Teflon insert at each end, thereby 

producing 20 specimens. The IM7/8552 specimens 

were fabricated using a Teflon sheet at one end only, 

which resulted in 10 specimens. In total, three plates 

were fabricated: two of IM7/977-3 and one of 

IM7/8552.  

After cutting, an alignment jig was used to bond the 

specimens to rectangular, machined low-carbon steel 

load tabs. To this end, the threaded bolt holes in the 

tabs were secured to two sides of the jig, and a 

specimen was sandwiched between them. Alignment 

rails were used to orient the specimen correctly with 

respect to the load tabs. After tabbing, specimens 

were c-scanned to obtain a pre-test scan of the 

delamination front. After testing, specimens were 

post-test c-scanned to identify whether the 

delamination front had advanced. Both scans 

included the tabbed region that acted as a common 

datum to compare images.  

As will be discussed in what follows, the data 

reduction method used for the SST test is sensitive 

to the values of the axial and shear moduli. Thus, in 

addition to obtaining test specimens, two specimens 
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were cut from the non-delaminated portion of each 

composite plate manufactured and were used to 

determine the axial modulus (E11) following Ref. 

[11]. Relatively little variation has been observed in 

these values for all plates made [1-3], with 

coefficients of variation (CVs) on the order of 2%. 

Testing to determine the shear modulus (G12) 

followed Ref. [12] and also produced relatively tight 

distributions, with CVs on the order of 6%. For 

IM7/977-3, E11=163.8 GPa and G12=4.95 GPa. For 

IM7/8552, E11= 187.2 GPa and G12=7.33 GPa. 

2.3 ERR Determination 

A compliance calibration technique was considered 

for data reduction when the SST test was first 

introduced [1]. However, this approach could not be 

implemented due to the small deflections in the test, 

the need to use load tabs to avoid significant local 

deformations in the composite specimen, and a small 

amount of nonlinearity that occurs in the load versus 

displacement response [1]. Although this latter issue 

was mitigated by the redesigned load blocks and 

load tabs, it is unclear whether a multi-specimen 

compliance calibration technique (as used for the 

ECT [6-9]) would be accurate. As such, in this work 

the original, finite element-based approach to data 

reduction for the SST test [1, 2] is utilized. 

Finite element (FE) analyses conducted for this work 

utilized essentially the same model and mesh as 

those used in Refs. [1, 2]; only the load tabs were 

modified to reflect the new design presented herein. 

The mesh uses 20 noded quadratic brick elements, 

and builds on the original FE work performed for the 

STB [3]. ERRs are computed along the delamination 

front using the virtual crack closure technique. As 

described in [1, 2], a series of mesh refinement 

studies showed that the FE predictions were 

insensitive to the mesh used, and that this mesh was 

sufficiently refined to capture the variation in ERR 

across the specimen’s width.  

Figure 3 presents a plot of local normalized mode II 

and III ERR components across the width of an SST 

specimen. The mode components are normalized to 

the total average ERR (Gavg), defined as the average 

value for the full width of the specimen [1-3]. The 

mode I component is negligible and is therefore not 

presented. The trends evidenced in Fig. 3 are typical 

for specimens of all delamination lengths used in 

this work, and the results do not depend on material 

properties. Tests at all delamination lengths are 

predominantly mode III. The value of GIII-avg/Gavg for 

specimens with delamination lengths of a=76.2 mm 

is 0.98, where GIII-avg is the average mode III ERR 

for the full width of the specimen, and GIII-avg/Gavg 

increases with decreasing delamination length. Fig. 3 

shows that GIII is a maximum at the center of the 

width and decreases near the free edges. The mode II 

ERR is essentially zero in the central portion of the 

specimen and remains insignificant across the 

majority of the specimen’s width. Large values of 

mode II (single symbol) at each edge are confined to 

the outermost 0.5-1% of the specimen’s width and 

do not influence growth [1, 2].  

Similar to that reported for MSCB tests [4, 5], the 

distribution of ERR across the specimen’s width 

shown in Fig. 3 indicates that delamination advance 

will initiate in the center of the specimen, and this 

has been verified experimentally [1, 2]. This 

substantiates the assertion that delamination advance 

occurs under pure mode III conditions. Moreover, in 

contrast to the MSCB, there is a “plateau” in the 

load versus displacement response that corresponds 

to delamination initiation in the SST. This makes the 

load corresponding to delamination onset relatively 

easy to determine. Thus, considering Fig. 3, 

delamination toughness is calculated using the peak 

value of the local ERR (GIII-pk), i.e., at the center of 

the specimen, computed at the delamination onset 

load. Fundamentally, this is determined using the FE 

results. However, rather than perform a FE analysis 

of each individual specimen, an approach is adopted 

that is analogous to that used in Refs. [1-3]. Here, 

the equation developed for the mode III ERR in an 

STB specimen is modified to yield: 

    

2

12

2

12 11

( ) 0.66 1.15III pk f

GP
G C a

B hG E


 
   

 
   (1) 

In the above, Cf(a) is a correction factor that depends 

on delamination length. It is extracted from a FE 

analysis of a single specimen at each delamination 

length such that GIII-pk given by Eq. (1) agrees with 

the corresponding FE prediction. The primary 

benefit for a single material is that this allows the 

specific values of width, B, and thickness, 2h, to be 

utilized for each specimen tested. Further, it allows 

specimens of other materials and/or thicknesses to 

be tested, providing that the same delamination 

lengths are used. The validity of Eq. (1) has been 

verified over a range of material and geometric 

properties for both SST and STB geometries [1-3] 

and was also validated as part of this study.  

Following the above procedure for the specimens 

considered herein yielded Cf=1.93 for a=31.75 mm, 

Cf=2.84 for a=54.0 mm, and Cf=3.76 for a=76.2 

mm. These values are used subsequently along with 

Eq. (1) to determine GIII-pk as a function of the 
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applied load, P, and to determine the apparent value 

of GIIIc. This is taken as the value of GIII-pk when 

P=Pc, where Pc is defined to be the “critical value,” 

i.e., the delamination onset load. We point out that 

the correction factors presented above are 

approximately 2% different from those given in 

Refs. [1, 2] due to the modified load block and load 

tab designs.   

2.4 Evaluation Procedures 

SST tests were performed at three delamination 

lengths: a=31.75, 54.0 and 76.2 mm. Some of these 

specimens were tested to the critical fracture load, 

Pc. These are referred to as “toughness test 

specimens” because they were used to determine the 

apparent toughness at the various delamination 

lengths. Other tests were stopped at a lower load, 

i.e., before delamination occurred. These are referred 

to as “damage progression specimens” because they 

were used to investigate the progression of damage 

leading up to delamination. As described previously, 

a c-scan was performed subsequent to all tests. In 

specimens tested to fracture, the c-scan served to 

verify that delamination advance occurred over the 

majority of the specimen’s width. In damage 

progression specimens, the c-scan was used to 

confirm that no delamination advance had occurred. 

That is, if a specimen was tested to a load near Pc, 

the c-scan was used to verify that the delamination 

front did not advance. 

Both toughness test specimens and damage 

progression specimens were sectioned for 

microscopic examination after testing.  Toughness 

test specimens were sectioned in order to compare to 

previous results [2], where matrix cracks were 

visible in the region of delamination advance in 

IM7/977-3 specimens cut from a different plate. 

These previous specimens had somewhat large 

porosity, and were tested using an earlier load tab 

design. As these earlier observations motivated the 

present study, it was important to determine whether 

cross-sections within the specimens tested herein – 

which were manufactured using the debulking 

procedure and which used the new load tab design – 

appeared essentially the same. Thus, a transverse cut 

exposing the y-z plane (cf. Fig. 1) was made in these 

specimens just ahead of the original Teflon insert in 

the newly delaminated region. This corresponded to 

the location of the section cuts made in Ref. [2]. 

Damage progression specimens were also cut 

transversely, exposing the y-z plane. This was done 

in order to assess whether matrix cracking occurred 

prior to delamination advance and, if so, its extent. 

To this end, damage progression specimens were 

sectioned in the region of the Teflon insert, fairly 

close to the delamination front. Each cross section 

was then carefully ground until the visible plane was 

the same as the edge of the Teflon insert, and the 

delamination front was visible. For both specimen 

types, the cut sections were potted in epoxy, 

polished, and cleaned according to Ref. [13]. These 

cross sections were then examined using optical 

microscopy, and photomicrographs were taken. If it 

was desired to obtain images further ahead of the 

initial cross section, the potted specimen was 

ground, then polished and cleaned repeatedly, 

allowing multiple planes to be imaged. 

 

3 Results 

3.1 Apparent GIIIc Testing 

Figure 4 presents a typical load versus deflection 

plot for an SST test of a specimen with delamination 

length a=76.2 mm. For all delamination lengths and 

either material, the trends are essentially the same. 

For all tests, the load versus deflection response is 

not quite linear. The amount of nonlinearity 

increases with increasing load up to a “load plateau.” 

This load plateau corresponds to the initiation of 

mode III growth, and is thus the critical load, Pc, for 

fracture. This was verified experimentally [1, 2] in a 

process whereby specimens were successively 

loaded, unloaded, and c-scanned to view the 

delamination front. No delamination growth 

occurred until the load plateau. In an extension of 

the same study it was found that in SST tests, at the 

load plateau, delamination growth always initiates in 

the center of the specimen, as predicted by the FE 

analysis [1, 2].  

Figure 5 presents a plot of apparent GIIIc versus 

delamination length for a=31.75 mm, a=54.0 mm, 

and a=76.2 mm. These data were obtained from tests 

of 14 specimens that were cut from two different 

plates (I13 and I14) of IM7/977-3. A trend of 

decreasing apparent toughness with increasing 

delamination length is clearly seen, and is similar to 

that observed in previous studies using the SST test 

[1, 2]. The average values for apparent GIIIc along 

with the associated CVs are presented in Table 1.  

The toughnesses presented in Fig. 5 are somewhat 

lower than those presented in Ref. [2] for the same 

material and delamination lengths. The likely cause 

of this relates to the change in load tab and load 

block design. In the previous design, bolts between 

the load blocks and load tabs were not used. Rather, 

load transfer was achieved via load pins that were 

press-fit into the load blocks and where mated to 

semi-circular machined cut-outs in the load tabs. 
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However, it was found that, due to small specimen-

to-specimen variations in load tab machining, each 

specimen underwent small rotations while the load 

pins “seated,” i.e., while they achieved full contact 

within each semi-circular cut-out with increasing 

load. This was accompanied by a region of nonlinear 

load versus deflection response at low loads, and is 

what motivated the load tab and load block redesign. 

Thus, it is possible that the current approach is closer 

to a true zero slope boundary condition within the 

tabbed region and the resulting change in ERR – 

which would be more pronounced at shorter 

delamination lengths – is what accounts for the 

observed differences in the current versus previous 

values of apparent GIIIc. Alternatively, given the 

observed dependence of the apparent toughness on 

geometry illustrated in Fig. 5, it is also possible that 

there are other influencing factors. This difficulty of 

separating out material versus structural effects is 

one of the key problems with current mode III 

testing, and is one that the present study hopes to 

address. 

A limited number of toughness tests were conducted 

for IM7/8552. Two tests were performed at a 

delamination length of a=31.75 mm and yielded an 

average toughness of GIIIc=556 J/m
2
. One test was 

performed at a delamination length of a=76.2 mm 

yielding GIIIc=262 J/m
2
. Only a small number of 

specimens were tested because the main focus of 

using this material was to compare the damage 

progression test data with that of IM7/977-3. 

However, in order to interpret damage progression 

specimen test data, it is useful to know the 

approximate apparent GIIIc(a) relation. Even with the 

limited set of data for this material, a distinct 

variation of apparent GIIIc with delamination length 

can be seen. 

3.2 Damage Progression Testing 

Damage progression testing was performed on 

IM7/977-3 specimens at two delamination lengths. 

Four specimens were tested at a delamination length 

of a=31.75 mm and three specimens were tested at a 

delamination length of a=76.2 mm. These tests were 

stopped prior to the onset of delamination growth, 

i.e., prior to the load plateau, but otherwise were 

conducted identically to the delamination toughness 

tests. After testing, all specimens were c-scanned to 

verify that no growth occurred. 

As described previously, the goals of the damage 

initiation tests were to identify the onset and 

progression of matrix cracking and how this relates 

to delamination advance. To this end, damage 

progression tests were stopped at loads where the 

apparent GIII was less than the apparent GIIIc 

obtained for specimens with the same delamination 

length, as seen in Table 2. For all delamination 

lengths, 70% of GIIIc approximately corresponds to 

the onset of increasing nonlinearity (cf. Fig. 4), and 

was chosen as the lower limit for stopping a test. It is 

important to note that, because of the delamination 

length dependency in apparent GIIIc, tests on 

specimens with two different delamination lengths 

that were stopped at the same percentage of their 

respective GIIIc were stopped at different values of 

apparent GIII. 

3.3 Photomicroscopy 

A photomicrograph of a specimen with delamination 

length a=31.75 mm where the delamination front has 

advanced is shown in Fig. 6. This photomicrograph 

was taken from one of the toughness test specimens, 

and the delamination fronts of toughness test 

specimens with other length delaminations look 

similar. The section shown in Fig. 6 is in a region 

where delamination growth occurred. The thick, 

jagged path running horizontally is the interlaminar 

delamination. This photomicrograph displays 12 

plies of material, and the plies of the composite are 

evident above and below the plane of delamination. 

Also evident are three matrix cracks emanating from 

the midplane. These matrix cracks extend both 

above and below the midplane and are growing 

along a plane oriented at approximately 45° to the x-

y plane (cf. Fig. 1). From the arrows superimposed 

on Fig. 6 indicating the loading direction – and 

therefore the direction of shear stress, τyz – it is 

observed that this orientation is perpendicular to the 

direction of the maximum principal tensile stress 

near the delamination tip. Initiation of small cracks 

in this orientation prior to mode III advance of a 

macro-crack has been observed in mode III fracture 

of homogeneous materials and has been attributed to 

the tensile stresses associated with the KIII field [14, 

15], where KIII is the mode III stress intensity factor. 

These observations also agree with what was 

observed in Refs. [2, 10], as well as for the 

IM7/8552 specimens tested in this study (described 

subsequently).  

The image shown in Fig. 6 represents only a small 

percentage of the specimen’s width. The complete 

photomicroscopic evaluation indicates that matrix 

cracks are present across the entire width of each 

specimen, and vary in size and spacing. In the 

specimens studied herein of width B=25.4 mm and 

thickness 2h=3.3 mm, there may be anywhere from 

30 – 80 matrix cracks visible with lengths ranging 

from 0.5 mm to 2.3 mm. Smaller cracks are likely 
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present, but are not easily measureable. The 

delamination front in Fig. 6 and those observed in 

other images taken from the toughness test 

specimens do not differ in any significant way from 

those presented in Ref. [2]. This corroborates the 

conclusion in this earlier work that the presence of 

small intralaminar voids in the material, i.e., within 

plies, does not influence the onset or location of the 

matrix cracks. They also indicate that there are no 

apparent changes in the post-growth damage state as 

a result of the redesigned load tabs.  

A series of photomicrographs obtained from damage 

progression specimens with delamination lengths 

a=76.2 mm are presented in Fig. 7. Note that these 

images are at approximately ten times higher 

magnification than the image in Fig. 6. The three 

images in Fig. 7 are from three different damage 

progression test specimens. All sections are taken 

just ahead of the Teflon insert, and no delamination 

advance occured in any of these specimens. The 

images are ordered based on increasing maximum 

GIII. This is expressed in the figure caption as 

percentage of apparent GIIIc, and the corresponding 

values of GIII are presented in Table 2.  

The specimen shown in Fig. 7a, for which the 

maximum ERR was 73% of GIIIc, primarily has 

matrix cracks in the resin rich interlayer ahead of the 

Teflon insert. In this figure, matrix cracks have just 

begun to initiate. Matrix cracks are present across 

the middle 25-75% of the specimen’s width, and are 

concentrated in the center where the local ERR is 

highest. A few of the cracks extend one or two fiber 

diameters into one of the adjacent plies, but the 

majority are in the resin interlayer only.  In general, 

the matrix cracks in this specimen, and in other 

specimens loaded to similar levels, appear to initiate 

either at the interface between a fiber and the matrix 

material, or at small (fiber-diameter or less) voids 

within or immediately adjacent to the resin-rich 

region between plies. For example, the matrix crack 

indicated by the arrow in Fig. 7a appears to have 

initiated at a small void between two fibers. The 

stess concentrations associated with these small local 

defects provide preferential initiation points for the 

cracks. However, the spacing of the cracks is not 

dictated by the void locations, and the matrix cracks 

initiate whether or not they are present. Thus, it is 

likely that their presence is not affecting the results. 

Additionally, while the local crack initiation may be 

at an angle other than 45° from the x-y plane based 

on the location or orientation of the defect, it may be 

observed in Fig. 7a that the crack rapidly orients 

itself perpendicular to the direction of maximum 

tensile stress. 

The specimen shown in Fig. 7b was tested to 88% of 

GIIIc. This figure shows the damage evolution that 

occurs with increasing load. In comparison to the 

specimen of Fig. 7a, this specimen had a higher 

number of matrix cracks, and the distribution of 

cracks extended closer to the edges (middle 10-90% 

of width) than the specimen from Fig. 7a. 

Additionally, the matrix cracks are seen to extend 

further into the plies, although they do not generally 

travel more than 10 fiber diameters. 

Figure 7c shows a specimen that was loaded to 91% 

of apparent GIIIc. Matrix cracks were visible across 

the full width of this specimen and, as may be 

observed in the figure, extend through entire plies. 

The largest cracks were observed in the center 

region of the specimen where the ERR is highest (cf. 

Fig. 3). Further, as can be seen on the right side of 

Fig. 7c, some of the matrix cracks also have 

horizontal branches that extend along the midplane. 

In some instances these horizontal cracks intersect 

and connect two transverse (45°) cracks. However, 

this is not always the case, and there are many 

transverse cracks that have grown into the adjacent 

plies which do not have horizontal cracks associated 

with them. Those horizontal cracks that do occur, 

which were not observed in the specimens tested to 

lower loads, are the precursors to delamination 

advance. 

The sequence of images of Fig. 7 clearly shows how 

delamination advance evolves. With additional load, 

the entire “system of damage” of Fig. 7c connects 

and advances to produce a state similar to that 

shown in Fig. 6. Note, however, that the image in 

Fig. 7c is prior to the conventional definition of 

delamination advance, i.e., as would be indicated by 

a plateau in the load-deflection response or as 

evident by c-scan. Combining this image with 

similar images from other damage progression 

specimens tested near their apparent GIIIc indicates 

that a significant amount of matrix cracking always 

occurs prior to macroscopic delamination advance, 

and that matrix cracking and delamination advance 

are intrinsically coupled in this material. 

Damage progression tests for IM7/8552 specimens 

were also conducted. Two specimens at 

delamination lengths of a=31.75 mm and three 

specimens at delamination lengths of a=76.2 mm 

were tested. Photomicrographs of the resin interlayer 

region ahead of the Teflon insert for the specimens 

with delamination lengths of a=76.2 mm are shown 

in Fig. 8. Figure 8a is at essentially the same 
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percentage of apparent GIIIc as the specimen shown 

in Fig. 7a. Figure 8b is at 100% of apparent GIIIc, i.e., 

this test was stopped at a value of apparent GIII equal 

to 262 J/m
2
, the same apparent ERR at which growth 

occurred in the delamination toughness test 

specimen. However, there was no evidence of 

delamination growth in this specimen: no load-

plateau appeared, and a post-test c-scan did not show 

any differences from the pre-test scan. Thus, this 

image is similar to that of Fig. 7c, in that it 

represents the state of damage shortly before 

macroscopic delamination advance will be observed. 

A unique feature of the section shown in Fig. 8b is 

that this image was taken further ahead of the Teflon 

insert than the other images included herein. This 

section was cut approximately 0.25 mm ahead of the 

insert, i.e., in the uncracked region. This image 

clearly shows that the matrix cracks grow into the 

uncracked region prior to delamination advance.   

Comparisons of Fig. 8a and Fig. 7a and of Fig. 8b 

and Fig. 7c show that the progression of damage is 

essentially the same for IM7/8552 as for IM7/977-3. 

As indicated by the arrows, Fig. 8a shows the 

initiation of the matrix cracks preferentially 

occurring at discontinuities between the resin and 

fibers. Crack sizes and spacing in this specimen 

were not significantly different from those observed 

in the specimen of Fig. 7a. The specimen shown in 

Fig. 8b has matrix cracks that are inclined at 45° that 

go through the interlaminar region and, as indicated 

by the arrows, have grown into the adjacent ply. 

Similar to Fig. 7c, some of the cracks from the 

specimen in Fig. 8b showed horizontal branches at 

the specimen’s midplane, and in some instances 

these horizontal branches connected pairs of inclined 

cracks.  

The above observations indicate that matrix cracking 

will always precede planar delamination growth in 

unidirectional SST specimens in the materials tested 

and, as described below, it is likely that this will be 

true for other laminated unidirectional polymeric 

matrix composites. The matrix cracks form 

immediately ahead of the delamination front within 

the resin rich interlayer at a load well below that 

required for macroscopic delamination advance. As 

the load continues to increase, these cracks grow 

transversely, at an inclination of approximately 45°, 

into their neighboring plies. Figure 8b shows that 

these cracks extend a small distance into the 

uncracked region and, although not investigated in 

this work, it is possible that they display the 

characteristic “parahelical shape” [14, 15] observed 

in homogeneous materials. With increasing load the 

matrix cracks continue to grow through additional 

adjacent plies. Horizontal branches also initiate and 

grow along the laminate’s midplane and begin to 

connect the transverse cracks. Initially, these do not 

extend into the uncracked region a sufficient amount 

to be detectable by c-scan, nor do they span the 

entire specimen width as viewed from the transverse 

cuts taken herein. However, this changes with 

increasing load, and these precursors to delamination 

advance ultimately connect and advance, 

concurrently with the transverse matrix cracks, into 

the uncracked region in what is typically taken to be 

macroscopic delamination growth. This process 

corresponds to the sequence of events given in Figs. 

7a, 7b, 7c, and finally Fig. 6.    

An important observation related to the mechanistic 

understanding of the above behavior is that, in  both 

materials used in this study, there is a visible 

similarity between the damage state in specimens 

with different delamination lengths that are at 

comparable percentages of their apparent GIIIc(a). 

For example, specimens I14-10B and I13-9T (cf. 

Table 2) are at similar values of apparent GIII/GIIIc 

and are similar in terms of both length and number 

of matrix cracks. Note, however, that these two 

specimens were tested to very different values of 

apparent GIII. The same is true for a comparison of 

specimens I14-12B and I14-3T. This similarity 

could also be expressed in terms of the percentage of 

average delamination onset load at any delamination 

length. What is interesting is that this 

correspondence cannot be expressed using 

conventional linear elastic fracture mechanics 

(LEFM) parameters, such as GIII or KIII, as one 

might expect if matrix cracking is used to explain 

the apparent dependence of toughness on 

delamination length. However, it is important to note 

that the predictions of ERR are based on an analysis 

that assumes an uncracked matrix, and these 

predictions are therefore only valid until matrix 

cracking initiates. At that point, local stress intensity 

factors associated with the newly formed cracks will 

change the near-tip field from that predicted by the 

original analysis.  

It is possible that the true initiation of cracking 

occurs at the same value of GIII for specimens with 

different delamination lengths. This is what would 

be predicted by LEFM and the assumption that the 

cracks initiate from the maximum tensile stress 

induced by the KIII field. This could not have been 

deduced from the current study, however, as the 

lowest load for any damage progression test was 

73% of the apparent GIIIc(a). This was done in an 
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effort to first establish whether or not matrix cracks 

occurred prior to delamination onset. With this 

established, it appears that additional study would be 

required to deduce the exact onset point of matrix 

cracking. However, in order to mechanistically 

explain the observed dependence of toughness on 

delamination length, one would also need to perform 

analyses that account for the true state of damage 

evolution up to some critical state where 

macroscopic delamination advance occurs.  

 

4 Implications for Mode III Testing 

Similar to what is observed in homogeneous 

materials, this study has shown that initation and 

growth of cracks at an inclination of 45° to the 

direction of mode III growth will correspond to the 

first “fracture event” in mode III testing of 

unidirectional laminated carbon/epoxy composites. 

Additional growth and evolution of these matrix 

cracks then occurs until they link, and macroscopic 

cumulative advance appears at what is typically 

taken as the delamination onset load. From previous 

discussions, it is clear that this is quite different than 

the assumptions in any mechanistic model used to 

extract a mode III toughness – including the 

assumptions used in a compliance calibration 

method of data reduction – and therefore invalidates 

the critical values of ERR obtained from the 

associated mode III tests. Rather, the apparent GIIIc 

values that are obtained are a structural property. 

The variation in GIIIc with delamination length that is 

obtained is therefore not surprising, as a material 

property is not being measured. It follows that the 

lack of a direct correlation of the damage 

observations herein to the measured variations in 

GIIIc(a) is also not surprising, as the apparent 

toughness is based on an analysis that does not 

accurately reflect the mechanics or physics of the 

physical problem.  

While the present study concentrated on 

carbon/epoxy composites, it is hard to envision that 

the sequence of events would be different in any 

unidirectional laminated polymeric matrix 

composite. Fundamentally, the observations herein 

confirm the well-documented preference for mode I 

growth in homogeneous materials, regardless of the 

mode mixity of the loading, and the architecture of 

the reinforcing fibers is such that it does not 

significantly alter this situation. Thus, it is likely that 

the mechanisms described herein also explain the 

dependence of toughness on delamination length that 

has been observed in unidirectional MSCB tests [4, 

5]. For ECT tests, we note that the laminate layup is 

typically chosen such that mode III delamination 

advance will occur along the direction of the fibers 

of the two bounding plies. That is, it is locally 

identical to the SST geometry. One would therefore 

expect that “mode III growth” in conventional ECT 

tests would proceed similarly to what was observed 

herein, and this has been confirmed in a parallel 

study [10]. Thus, the apparent variation in toughness 

with delamination length in ECT testing is also 

explained by the same mechanisms at those 

observed herein.  

The above observations have significant 

implications with respect to the current conceptual 

framework for the assessment of toughness and the 

prediction of delamination growth under mode III or 

mixed-mode conditions where mode III is present. 

While it is possible that using other ply angles to 

bound the interface for mode III testing may be used 

to constrain the matrix cracks to the interlaminar 

region and therefore obtain a value of GIIIc that is 

independent of delamination length for some range 

of bounding ply angles, in practice delamination 

advance will often occur under conditions with 

coupled matrix cracking, and it is not clear whether 

this approach will have any appreciable practical 

applicability. Further, considering the strong 

dependence of the apparent toughness on test 

geometry for those bounding ply angles where 

coupled matrix cracking occurs, it is also unlikely 

that approaches which express toughness as a 

function of bounding ply angle, such as those used in 

modes I and II [16], will be valid. 

 

5 Conclusions 

The progression of damage in a mode III 

delamination toughness test was examined to 

determine if transverse matrix cracks initiate prior to 

planar advance of a preimplanted interlaminar 

delamination. To this end, specimens from two 

different carbon/epoxy materials were tested in an 

SST fixture using an improved test geometry 

compared to that introduced previously. A series of 

tests examining damage progression found that the 

first inelastic event consists of the initiation of 

matrix cracks within the resin rich region between 

plies. These cracks were inclined to the direction of 

loading and were perpendicular to the direction of 

maximum tensile stress. With increasing load, they 

were observed to extend into the neighboring plies 

and develop a horizontally branched network prior 

to any observations or indications of planar 

delamination advance. The size, distribution and 

density of these cracks is well beyond that which 

ICCM19 2088



would be required to cause ERR predictions, using 

any mechanistic model or set of assumptions that 

considers an uncracked matrix, to no longer be 

accurate. It is likely that this will always be true for 

unidirectional SST and MSCB specimens and for 

ECT specimens using conventional stacking 

sequences that are fabricated from continuous fiber 

polymeric matrix composites. It therefore appears 

that this explains the observed dependence of test 

geometry on the apparent mode III toughness that 

has been reported in the literature for these three test 

methods. Further, the fact that the nature of mode III 

advance in laminated polymeric composites is quite 

different from that which has heretofore been 

assumed has important philosophical and practical 

ramifications on approaches for assessing toughness 

and predicting delamination growth in these 

materials. 
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Table 1.Delamination toughness data for IM7/977-3. 
Delam. Length 

(mm) 

Apparent GIIIc 

(J/m
2
) 

CV 

(%) 

31.75 760 9.7 

54.0 681 1.3 

76.2 469 7.1 

 
 

Table 2. Damage progression test stopping points for 

IM7/977-3. 

Spec. 

Delam. 

Length  

(mm) 

Apparent GIII 

at Test Stop 

(J/m
2
) 

Percent of 

Apparent 

GIIIc 

I14-10B 31.75 581 76 

I14-9B 31.75 601 79 

I13-11B 31.75 608 80 

I14-12B 31.75 638 84 
    

I13-9T 76.2 343 73 

I14-3T 76.2 413 88 

I13-10T 76.2 427 91 

 
 

 

Fig. 1. Schematic of the SST test. 

 

 

  

 
Fig. 2. SST specimen with load tabs. 

 

 

 

 

Fig 3. Localized ERR across the specimen width for 

SST test from FE analysis. 
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Fig. 4. Typical load versus deflection plot. 

 

 

 

 
Fig. 5. Apparent GIIIc vs. delamination length for 

IM7/977-3. 

 

 

 
Fig. 6. Photomicrograph of delamination front, I13-

7B, a=31.75 mm, apparent GIIIc=723 J/m
2
. 

 
(a) 

 

 
(b) 

 

 
(c) 

Fig. 7. Photomicrographs of IM7/977-3 

delamination fronts,  a=76.2 mm. (a) I13-9T, 73% of 

apparent GIIIc. (b) I14-3T, 88% of apparent GIIIc. (c) 

I13-10T, 91% of apparent GIIIc. 
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(a) 

 

 
(b) 

Fig. 8. Photomicrographs of IM7/8552 delamination 

fronts, a=76.2 mm. (a) J2-5, 75% of apparent GIIIc. 

(b) J2-9, 100% of apparent GIIIc. 
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1 General Introduction  

Tensile tests in multidirectional laminates are 
usually applied in cases where coupling effects do 
not exist or when they are negligible. The problem is 
related to the restraint caused by clamping devices: 
At one end the displacement is imposed in the 
direction of the axis of the testing machine. 
Nevertheless, the grips at both ends do not allow the 
free deformation of the specimen.  

In the case of a unidirectional off-axis test, shear 
strains are prevented and consequently shear forces 
and bending moments appear. Figure 1 shows a 
unidirectional off-axis specimen loaded in pure 
tension and the same specimen assuming that both 
ends are clamped and only axial displacement is 
allowed at one end.  

 

 

P 

ns 

mz 

P 

ns 

mz 

PP 

 
Fig. 1. Unidirectional off-axis specimen under tensile 

load: (a) Pure tension; (b) Clamped ends and 
axial displacement allowed at one end. 

The problem of the unidirectional off-axis tensile 
test has been analysed by several authors, as it is 
used as a test method for obtaining in-plane shear 
properties of unidirectional composites [1,2]. 

In the case of multidirectional laminates with all 
types of coupling effects, membrane shear strains 
and bending and twisting curvatures appear. As the 
grips prevent these deformation modes, shear forces, 
bending moments and twisting moments must act at 
the ends of the specimen. Figure 2 shows a 

multidirectional specimen under tensile loading at 
one end and clamped at the other end, showing 
bending and twisting curvatures due to coupling 
effects. 

 
 

P 

 
Fig. 2. Multidirectional specimen under tensile load 

clamped at one end. 

The stress and displacement fields of a 
multidirectional laminate subjected to a tensile test 
has been recently obtained by applying Engesser-
Castigliano theorems [ 3 ], after determining the 
complementary strain energy as a function of force 
and moment resultants of the laminate, including 
hygrothermal effects. The analysis has been carried 
out assuming that the gripping system and the tabs 
allow elastic rotations at the ends of the specimen. 
An experimental procedure for determining 
clamping compliances based on the measurement of 
strains and displacements at some points of the 
specimen has been proposed. The aim of this article 
is to show the main aspects of that analytic 
approach, to explain the procedure for obtaining the 
end compliances and to analyze by numerical 
examples the influence of the clamping conditions.  

2 Tensile test in a multidirectional laminate 

Composite laminates are cured in many cases at 
temperatures greater than the room temperature at 
laboratory. Considering the most general case of a 
multidirectional laminate, composites have normal 
and shear residual strains and bending and twisting 
curvatures. Figure 3 shows a carbon/epoxy laminate 
strip [80/-10] of two layers, where residual bending 
and twisting curvatures appear.  
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Fig. 3. Bending and twisting residual curvatures in a [80/-

10] strip of carbon/epoxy at room temperature. 

In a tensile test, when the specimen is placed in the 
grips, residual normal and shear strains are not 
prevented. Nevertheless, residual bending and 
twisting curvatures are constrained in order to adopt 
the plane geometry that corresponds to the gripping 
system. Then, when the specimen is placed at the 
grips, bending and twisting moments act at specimen 
ends in order to restraint residual curvatures. 
Therefore, the specimen is acted on by moments 
without applied tensile load. Nevertheless, normal 
and shear forces do not appear before applying load.  

When the tensile load is applied, coupling effects 
tend to generate in-plane shear strains and bending 
and twisting curvatures. In this case, in-plane shear 
strains are restrained and then shear forces appear, 
besides twisting and flatwise bending moments. In-
plane shear forces generate also edgewise bending 
moments in the plane of the laminate. Therefore, the 
application of load generates flatwise and edgewise 
bending moments, twisting moments and in-plane 
shear forces. In the analytical approach of this study, 
the ends are assumed to be linearly flexible with 
respect to rotations. Three kind of ends, depending 
on their flexibility will be treated through the work: 

1. Clamped ends: The flexibility at the ends is null. 
2. Flexible ends: The flexibility at the ends has a 

finite value. 
3. Free ends: The flexibility at the ends is infinite. It 

is equivalent to the load applied in Figure 1(a). 
 

3 Analytic approach 

3.1 Moments and forces in a cross section 

Figure 4 shows the geometry of a tensile specimen 
with strip geometry clamped at both ends. The 
displacement is imposed at end A, applying a force 
P. 

 b 

L 

A B

h

 
Fig. 4. Tensile specimen fixed at its ends. 

Figure 5 shows the forces and moments applied at 
the ends of the specimen. Lowercase letters indicate 
that they correspond to the whole cross section. The 
index notation corresponds to Daniel and Ishai [6]; q 
subscript corresponds to yz, r corresponds to zx and s 
corresponds to xy. 
 

mxA 
msA nsA 

vrA

P x 

y z 
mzA 

nsB nxB

vrB mxB 

msB 

mzB 

 
Fig. 5. Forces and moments at the ends of the specimen. 

There are five redundant unknowns located at the 
end A of the specimen: In-plane and out-of plane 
shear forces vrA and nsA, respectively, flatwise and 
edgewise bending moments mxA and mzA, 
respectively, and twisting moment msA. By 
equilibrium in any cross section, it results that vr, ns 
and ms are uniform and that mx and mz vary linearly 
along the length of the specimen 

 
( ) ( )
( ) ( )
( ) ( )

x s s

s s x xA r

r r z zA s

n x P m x m

n x n m x m v x

v x v m x m n x

= =

= = +

= = +

 (1) 

It is assumed that rotations are partially prevented 
and that the displacement related to ns force is totally 
prevented. It is also assumed that compliances are 
the same at both ends. Then, the rotated angles at the 
ends are given by 

 
zA z zA zB z zB

xA x xA xB z xB

sA s sA sB z sB

C m C m
C m C m
C m C m

θ θ
θ θ
θ θ

= =
= =
= =

 (2) 

where θi are rotated angles and Ci are their 
respective compliances. 
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3.2 Moments and forces per unit length 

With respect to forces and moments per unit length, 
It is assumed that Vr, Mx and Ms are uniform along 
the width of the specimen. According to equilibrium 
considerations, it results that Vq = My = 0. Due to mz 
bending moments, it is assumed that in any cross 
section normal forces per unit length Nx vary linearly 
along the width. For equilibrium considerations, the 
distribution of Ns is parabolic along the width. 
Resultant forces and moments per unit length in a 
cross section at a distance x from A are 
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1
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⎪ ⎪⎪ ⎪ =⎨ ⎬ ⎨ ⎬

⎪ ⎪ ⎪ ⎪
⎩ ⎭ ⎪ ⎪

⎩ ⎭

=

  (3) 

3.3 Engesser-Castigliano theorems 

Engesser’s first theorem or the generalized form of 
Castigliano’s second theorem states that: 

 
*

*
, kP k

k

U U
P

δ∂
= =

∂
 (4) 

Where Pk is a generalized load applied at point k and 
δk is the generalized displacement at point k in the 
direction of Pk. Generalized loads include load and 
moments and generalized displacements include 
displacements and rotations [4].  

Otherwise, if X is a redundant force its associated 
displacement is null. Then, Engesser’s second 
theorem or the generalized form of Castigliano’s 
theorem of least work states that 

 0*
,

*

==
∂
∂

XU
X
U  (5) 

The derivative of the complementary strain energy 
of a multidirectional laminate has been determined 
in a recent work [5] in terms of resultant forces and 
moments of the laminate. The derivative 
corresponding to in-plane stresses is 

 ( )
{ } [ ]{ } { } [ ]{ }

{ } [ ]{ } { } [ ]{ }
, ,* ;

,

, ,

k k

k
x y

k k

t t

P PNM HT
P t tL L

P P

N a N N b M
U dxdy

M c N M d M

⎛ ⎞+
⎜ ⎟=
⎜ ⎟⎜ ⎟+ +⎝ ⎠

∫ ∫ (6) 

Otherwise, the complementary strain energy that 
corresponds to the flexible ends is 

 ( ) ( ) ( )* 2 2 2 2 2 21

2
end

z zA zB x xA xB s sA sBU C m m C m m C m m⎡ ⎤= + + + + +⎣ ⎦
(7) 

Derivating Equation (7) with respect to Pk it results 
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C m m m m
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+ +

+ +

 (8) 

With respect to out-of-plane stresses, taking into 
account Equations (3), the following conditions are 
satisfied 

 { } { }
, ,

, ,, ,

, ,

0

0 0

0 0

x x r x y
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s x s y

M V M
M M M M

M M
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 (9) 

Then, the derivative of the complementary energy 
can be written as [5] 

 [ ]∫ ∫=
x y kk L L

t

P
V
P dxdyVKVU

,

*
,

 (10) 

Where the components of the matrix [K] are 
equivalent shear compliance coefficients. 

3.4 Redundant unknowns 

The redundant unknowns are obtained by applying 
Engesser’s second theorem. Out-of-plane shear 
forces vr are null and in-plane shear force and 
edgewise bending moment are related by 

 
2zA

s
m

n Lm = −  (11) 

Resultant forces and moments per unit length are 
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 (12) 

Where 0
P

x bN =  and 0
sn

s bN = . The unknowns ns, mx 

and ms are obtained by applying Engesser’s first 
theorem. They are related by the following system of 
equations 

ICCM19 2094



 

2 2
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5 2

2

2

xx ss z s sx x ss s sx x

HTx
xs s xx x xs s xx x x

HTs
ss s sx x ss s sx x s

c a a C cb N b M b M a N

Cc N d M d M c N
c

Cc N d M d M c N
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κ

κ
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⎝ ⎠

⎛ ⎞+ + + = − −⎜ ⎟
⎝ ⎠

⎛ ⎞+ + + = − −⎜ ⎟
⎝ ⎠

(13) 

Being c the lengt-to-widht ratio; aij, bij and cij the 
compliance coefficientes of the laminate; and HT

iκ  
the hygrothemal curvatures.  

3.5 Displacements and strains 

The displacement in z direction δz and the 
longitudinal strain εx, obtained by differentiation of 
the displacement in x direction, are used as 
experimental measurements for the determination of 
end compliances. 

The displacement field is obtained by applying 
Engesser’s first theorem with the unit load method.  
The displacement in x direction is 

 ( )

( ) ( )

( ) ( )

0 0

0 2

0

6

1

2

HT HT
x x x xx xx

s xs xs xx

x xx xx s xs xs

x x z s
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u x L N a zc a xy
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M b zd M b zd

C M bz C N bLy
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⎢ ⎥
⎢ ⎥⎛ ⎞= − + + +⎜ ⎟⎢ ⎥

⎝ ⎠⎢ ⎥
⎢ ⎥+ + + +⎣ ⎦

+ +

 (14) 

The displacement field given in Equation (14) is 
valid for any value of N0s, Mx and Ms applied at the 
end A. In the case that A is a flexible end, Equation 
(13)2 is satisfied and it results that 

 ( )
( )

( )

0 0
0

0 0 0

1 0 0 1 1 0 0

1
3

2 1

HT
x xx x

xs xx s xx x xs s

x x z s

a N
u L x

a ca x y N b M b M

bh z x C M L bb y C N

ε⎡ ⎤+
= − ⎢ ⎥

+ + + +⎢ ⎥⎣ ⎦
+ − +

(15) 

Where x0, y0 and z0 are the following normalized 
coordinates 
 

0 0 0
1 1

x y zx y z
L b h

= = =  

Lc
b

=  is the length-to-width ratio, 
1 2

hh = ; 
1 2

LL = . 

The longitudinal strain εx can be obtained by 
derivation from Equation (15)  

 
( )0 0 0 0 0

0

3 2 1HT
x x xx x xs xx s

xx x xs s x x

a N a ca y x N

hbb M b M z C M
L
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 (16) 

The displacement in z direction is 
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0 0

0 0
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HT
x xx x xs s

xx x xs s
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(17) 

The displacement given in Equation (17) is valid for 
any value of N0s, Mx and Ms applied at the end A. In 
the case that A is a flexible end, Equation (13)2 and 
(13)3 are satisfied and it results that 

 ( ) ( )0 0 1 0 01 2 1x x s sw Lbx x C M b by x C M= − + −  (18) 

4 Determination of end compliances 

4.1 Motivation 

Two limit cases can be considered with respect to 
end compliances: If the ends are clamped, 
compliances are null. Otherwise, if the ends are free 
with respect to the end rotations, the moments are 
null. Both limit cases can be compared in order to 
analyse end constraint effects. If the difference is not 
negligible, it is necessary to include the compliances 
Cz, Cx and Cs in the analysis. It is assumed that the 
end compliances depend on the stiffness of the tabs 
and the clamping system. Then, it is assumed that 
end compliances do not depend on the laminate 
configuration of the specimen. 

An experimental procedure is proposed in order to 
determine those end compliance coefficients. In 
order to illustrate the methodolgy proposed, 
numerical values for AS4/3501-6 composite material 
have been considered. The calculation process is 
carried out by spreadsheets. In order to fix maximum 
load values for calculations, maximum tensile loads 
that correspond to a safety factor SF = 0.99 
according to Tsai-Wu criterion are determined. 
Otherwise, moisture concentration is assumed to be 
null and the variation of temperature is assumed to 
be ΔT = -150 ºC. In all cases, laminates have 8 plies 
of 0.125 mm thickness. Tables 1 and 2 show 
material properties [6]. 
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Table 1. Thermoelastic properties of AS4/3501-6. 

E1 (GPa) E2 (GPa) G12 (GPa) ν12 ν21 α1 (ºC
-1) α2 (ºC

-1) 

147 10.3 7 0.27 0.019 -9·10-7 2.7·10-5 

 
Table 2. Strength properties of AS4/3501-6. 
F1t (MPa) F1c (MPa) F2t (MPa) F2c (MPa) F6 (MPa) 

2280 1725 57 228 76 

 

4.2 Unidirectional laminates and determination 
of Cz 

In a unidirectional off-axis specimen, normal-shear 
coupling occurs due to the compliance coefficient 
asx. Otherwise, 0HT HT

ij ij x sb c κ κ= = = = . According 

to Equation (13)2 and (13)3 it results that 
0x sm m= = . From Equation (13)1 the shear force ns 

is 

 
2 1.2 0.5

sx
s

xx ss z

an P
c a a C Lb

= −
+ +

 (19) 

In the clamped case, when Cz = 0, the value of ns 
increases when c decreases. Otherwise, compliance 
matrixes are 

 [ ] [ ] [ ] [ ] [ ] [ ] [ ]3

1 12
0a S b c d S

h h
= = = =  

Being [ ] [ ] 1S Q −= the compliance matrix of a 

unidirectional ply. Assuming clamped ends it results 

 
2 1.2

xs
s

xx ss

Sn P
c S S

= −
+

 (20) 

The result of Equation (20) agrees with that obtained 
in Mujika [2]. In this case, the unique elastic rotation 
at the ends is related to mz. By two strain gages 
located at two points Z1 and Z2 of normalized 
coordinates Z1(1,1,±1) and Z2(0,1,±1) respectively, 
subtracting the corresponding strains obtained from 
Equation (16) it results  

 1 2 6Z Z
x x xx s

c a n
b

ε ε− =  (21) 

From Equation (21) the value of ns is 

 ( )1 2

6

Z Z
x x

s
xx

b
n

ca
ε ε−

=  (22) 

Equation (22) can be used in increment form, for 
two load vaules P1 and P2, being 2 1P P PΔ = − . In 
this way, as residual strains do not depend on the 

applied load, their effect is eliminated. Then, 
Equation (22) can be written as 

 
6

Z
x

s
xx

bn
ca

εΔ
Δ =  (23) 

where 1 2 1 2

2 1

Z Z Z ZZ
x x x x xP P

ε ε ε ε ε⎡ ⎤ ⎡ ⎤Δ = − − −⎣ ⎦ ⎣ ⎦
 

Cz can be obtained after writing Equation (13)1 in 
increment form, replacing Δns given in Equation 
(23) 

 22 6

5z xs xx ss
s

PC a c a a
Lb n

⎛ ⎞Δ
= − + +⎜ ⎟Δ⎝ ⎠

 (24) 

A laminate with dimensions L = 200 mm, b = 20 
mm is considered for simulating experimental 
measurements. As the maximum coupling 
coefficient asx occurs at θ =35º this is the most 
appropriate angle for obtaining Cz. Otherwise, for 
the determination of in-plane shear propertiesθ =10º 
is used .  

For the clamped case, the coupling force ns is given 
by Equation (20). Replacing it in Equation (21) it 
results 

 
2

6
1.2

Z xx xs
x

xx ss

a Sc P
b c S S

εΔ = − Δ
+

 (25) 

The maximum strain difference occurs at the 
clamped case, as in the free case εx strains are 
uniform.  

The maximum load is determined for SF = 0.99 in 
the clamped case at the point of coordinates x0 = 0 
and y0 =-1, where the effect of edgewise bending 
moment is maximum.  

Table 3 presents the compliance values obtained for 
θ =35º with different degrees of clamping, ranging 
from 0% (free end) to 100% (clamped end) 
corresponding to ΔP = 1000 N and. Being f the 
clamping factor, values of Z

xεΔ  are obtained by 
multiplying by f the value (1400·10-6) that 
corresponds to the clamped case obtained from 
Equation (25). The clamping factor is used in order 
to obtain intermediate values of Cz and it is not an 
absolute reference. Depending on specimen 
dimensions, strain that corresponds to the clamped 
case changes and end compliances corresponding to 
different values of f. 
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Table 3. Compliance coefficients in a [358] laminate. 
Clamping factor, f(%) 0 20 40 60 80 100 

Z
xεΔ (10-6) 0 280 560 840 1120 1400 

Cz (10-6(N·mm)-1) ∞ 9.127 3.423 1.521 0.571 0 

Table 4 presents several results obtained for θ = 10º 
with different degrees of clamping, corresponding to 
ΔP = 1000 N. The values of Z

xεΔ  are obtained as in 
the previous case and are lesser than in Table 3. 
Compliance coefficients for the same clamping 
degree are also lesser due to the lower value of asx.  

Table 4. Effect of the clamping factor in [108]. 
Clamping factor, f(%) 0 20 40 60 80 100 

Z
xεΔ (10-6) 0 109 219 328 438 547 

Δns(N) 0 3.455 6.909 10.36 13.82 17.27 
Cz (10-6(N·mm)-1) ∞ 2.444 0.917 0.407 0.153 0 
 x0 = 0, y0 = -1, P=5490 N 
τLT(MPa) 46.9 51.8 56.7 61.5 66.4 71.3 
SF (Tsai-Wu) 1.50 1.36 1.25 1.15 1.06 0.99 
 x0 = 0.5, y0 = 0, P=5490 N 
εx(10-6) 2907 2877 2847 2817 2787 2757 

Table 4 presents also stress and strain results for the 
maximum load. Assuming that failure occurs at the 
point of maximum edgewise moment, SF values 
vary from 1 (clamped) to 1.5 (free end). Due to the 
main influence of shear stress τLT in the failure, the 
ratio between stresses is inversely proportional to the 
ratio between SF. Therefore, in-plane shear strength 
values obtained by assuming free-ends are lower 
than those obtained considering clamping effects.  

Otherwise, the differences between strains at the 
centre of the specimen are small. εx in the free case 
is 5% greater than the value of the clamped case.  

4.3 Antisymmetric cross-ply laminates and 
determination of Cx 

In an antysimmetric cross-ply laminate [0/90] 
tensile-bending coupling occurs due to bxx 
compliance coefficient.  

Otherwise, 0HT
sx sx ss sx ss sx sa b b c c d κ= = = = = = = . 

Therefore, according to Equations (13)1 and (13)3 it 
results that 0s sn m= = . From Equation (13)2 Mx is 

 0

2

HT
xx x x

x
x

xx

c NM Cd
c

κ+
= −

+

 (26) 

When the specimen is placed in the grips, assuming 
Cx = 0, the residual moment is 

 
HT

HT x
x

xx

M
d
κ

= −  (27) 

The moment due to the load P is:  

 
0

P xx
x x

xx

cM N
d

= −  (28) 

Moments in Equations (27) and (28) do not depend 
on the dimensions L and b of the specimen. Thus, 
they do not depend on the length-to-width ratio c. 
Otherwise they have opposite sign. Then, the 
residual moment compensates in some extent the 
moment generated by the load.  

By two strain gages located at points X1 and X2 of 
coordinates X1(½,0,-1) and X2(½,0,1), respectively, 
subtracting the corresponding strains obtained from 
Equation (16), it results 

 1 2 2X X
x x x x

h C m
L

ε ε− =  (29) 

From equation (29) 

 ( )1 2

2

X X
x x

x x

L
C m

h
ε ε−

=  (30) 

mx can be determined from Equation (13)2, replacing 
the value obtained in Equation (30). Then 

 ( )1 21
X X
x x HT

x xx x
xx

L
m c P b

d ch

ε ε
κ

⎛ ⎞−
⎜ ⎟= − + +
⎜ ⎟
⎝ ⎠

 (31) 

Applying Equation (31) at two different values of 
the load P, P1 and P2 and subtracting them it results 

 1 X
x

x xx
xx

Lm c P
d ch

ε⎛ ⎞Δ
Δ = − + Δ⎜ ⎟

⎝ ⎠
 (32) 

Where  

 1 2 1 2

2 1

X X X XX
x x x x xP P

ε ε ε ε ε⎡ ⎤ ⎡ ⎤Δ = − − −⎣ ⎦ ⎣ ⎦
 (33) 

Cx is obtained from the incremental form of 
Equation (30) being 

 
2

X
x

x
x

LC
h m
εΔ

=
Δ

 (34) 

The compliance Cx can be also determined by a 
measurement of the out-of-plane displacement δz, 
according to Equation (18), in the point X of 
coordinates (½, 0, ±1) 

 4
X
z

x xC m
L

δ
= −  (35) 

From Equation (13)2, after replacing the value 
obtained in Equation (35) 
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2

81 X
HTz

x xx x
xx

bm c P b
d L

δ κ
⎛ ⎞

= − −⎜ ⎟
⎝ ⎠

 (36) 

In a similar manner than in the case of the 
measurement by strains, Equations (35) and (36) can 
be used in increment form in order to eliminate 
residual effects. The incremental form of Equation 
(36) is 

 
2

81 X
z

x xx
xx

bm c P
d L

δ⎛ ⎞Δ
Δ = − Δ⎜ ⎟

⎝ ⎠
 (37) 

where  

 
2 1

X X X
z z zP P

δ δ δ⎡ ⎤ ⎡ ⎤Δ = −⎣ ⎦ ⎣ ⎦
 (38) 

The method of strain measurements has been used in 
order to simulate experiments. In the clamped case 

0X
xεΔ =  and in the free case the difference is 

maximum. εx in the free case can be obtained 
derivating Equation (14) and imposing that 

0s x sn m m= = = . Then, the difference given in 
Equation (33) in the free case is:  

 X
x xx

P c h
b

ε Δ
Δ = −  (39) 

In order to avoid great stresses induced by residual 
bending curvatures, a laminate [(0/90)2]as of 8 plies 
and dimensions L = 200 mm and b = 20 mm is 
considered. The value of load for the free case that 
correspond to SF = 0.99  is Pmax = 2210 N and for 
the clamped case Pmax = 2688 N. Then, the end 
constraint effects increase the strength of the 
laminate. In the clamped case, end moments given in 
Equations (26) and (27) are:  

 2.5 N 7.3 N·mmHT P
x xM M= = −  

From Equation (39), with ΔP = 1000 N the 
difference between strains is -6-428·10X

xεΔ = . 

Table 5. Effect of flexible ends in [(0/90)2]as. 
Clamping factor, f(%) 0 20 40 60 80 100 

Z
xεΔ (10-6) -428 -342 -257 -171 -86 0 

Δmx(N·mm) 0 -10.8 -21.7 -32.6 -43.4 -54.3 
Cx (10-6(N·mm)-1) ∞ 3151 1182 525.2 197.0 0 
 0 < x0 < 1, -1 < y0 < 1 , P = 2210 N 
σT(MPa)(z0 = 1) 56.9 56.3 55.7 55.0 54.4 53.8 
εx(10-6)(z0 = 0) 1230 1224 1218 1211 1205 1199 
SF (Tsai-Wu) 0.99 1.02 1.06 1.09 1.14 1.18 

Table 5 presents the compliance values obtained for 
different degrees of clamping, ranging from 0% 
(free end) to 100% (clamped end). Being f the 

clamping factor, values of X
xεΔ  are obtained 

multiplying the value that correspond to the free 
case (-428·10-6) by (1-f). 

In this case, failure is related to σT stresses. The 
maximum σT of the free case is 6% greater with 
respect to the value of the clamped case. Otherwise, 
the longitudinal strain εx in the middle plane in the 
free case is 3% greater with respect to the value of 
the clamped case. Therefore, the consideration of 
flexible clamping in this case is not critical. 

4.4 Antisymmetric angle-ply laminates and 
determination of Cs 

In an antysimmetric angle-ply laminate [θ/-θ] 
tensile-twisting coupling occurs due to csx 
compliance coefficient. Otherwise, 

0HT
sx ss xs xx ss sx xa b d c c d κ= = = = = = = . Therefore, 

according to Equations (13)1 and (13)2 it results that 
that 0s xn m= = . From Equation (13)3 Ms is 

 0

2

HT
sx x s

s
s

ss

c NM Cd
c

κ+
= −

+

 (40) 

When the specimen is placed in the grips, assuming 
Cs = 0, the residual moment is 

 
HT

HT s
s

ss

M
d

κ
= −  (41) 

The moment due to the load P is 

 
0

P sx
s x

ss

cM N
d

= −  (42) 

Moments in Equations (41) and (42) do not depend 
on the dimensions L and b of the specimen. Thus, 
they do not depend on the length-to-width ratio c. 
Otherwise, they have opposite sign. Then, the 
residual moment compensates, in some extent, the 
moment generated by the load.  

By the measurement of the δz displacement at the 
points S1(0,-1,±1) and S2(1,-1,±1), according to 
Equation (18) 

 
1 2S S

z z
s sC m

b
δ δ−

=  (43) 

From Equation (13)3, after replacing the value 
obtained in Equation (43) 
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 ( )1 221
S S
z z HT

s sx s
ss

m c P b
d L

δ δ
κ

⎛ ⎞−
⎜ ⎟= − + +
⎜ ⎟
⎝ ⎠

 (44) 

Equations (43) and (44) can be used in increment 
form, subtracting equations that correspond to two 
load values P1 and P2, in order to eliminate the effect 
of residual displacements. Then the incremental 
form of Equation (44) is 

 21 S
z

s sx
ss

m c P
d L

δ⎛ ⎞Δ
Δ = − + Δ⎜ ⎟

⎝ ⎠
 (45) 

where  

 1 2 1 2

2 1

S S S SS
z z z z zP P

δ δ δ δ δ⎡ ⎤ ⎡ ⎤Δ = − − −⎣ ⎦ ⎣ ⎦
 (46) 

Cs is obtained from the incremental form of 
Equation (43) being 

 
S
z

s
s

LC
b m

δΔ
=

Δ
 (47) 

In the clamped case 0S
zδΔ =  and in the free case the 

difference is maximum. δz in the free case is 
obtained from Equation (17), imposing that 

0s x sn m m= = = . Then, the difference given in 
Equation (46) in the free case is 

 
2

S
z xs

L c PδΔ = Δ  (48) 

Specimens of the type [(θ/-θ)2]as are considered. 
Dimensions are b = 20 mm and L = 200 mm . As the 
maximum of csx corresponds to θ = 15º, this 
orientation is selected in order to maximize coupling 
effects. In the free case the maximum load that 
corresponds to SF = 0.99 is Pmax = 15673 N. In the 
clamped case it is Pmax = 23130 N. Then, the end 
constraint effects increase the strength of the 
laminate, as in the case of the cross-ply laminate. In 
the clamped case, end moments given in Equations 
(41) and (42) are 

 0.98 N·mm 16.3 N·mmHT P
s sM M= = −  

Assuming that ends are free, the difference between 
displacements with ΔP = 2000 N is 

-2.342 mmS
zδΔ = . In the clamped case, 0S

zδΔ = . 
Table 6 presents several results obtained for 
different degrees of clamping, ranging from 0% 
(free end) to 100% (clamped end). Being f the 
clamping factor, values of S

zδΔ  are obtained 

mutiplying the value that correspond to the free case 
(-2.342 mm) by (1-f). 

Table 6. Effect of flexible ends in [(15/-15)2]as 
Clamping factor, f(%) 0 20 40 60 80 100 

S
zδΔ (mm) -2.342 -1.873 -1.405 -.937 -.468 0 

Δms(N·mm) 0 -5.63 -11.3 -16.9 -22.5 -28.2 
Cs (10-3(N·mm)-1) ∞ 33.24 12.47 5.541 2.078 0 
 0 < x0 < 1, -1 < y0 < 1 , P = 15673 N 
τLT(MPa)(z0 = ±1) 82.0 79.2 75.6 71.1 65 56.5 
εx(10-6)(z0 = 0) 6906 6893 6877 6856 6828 6789 
SF (Tsai-Wu) 0.99 1.03 1.09 1.17 1.28 1.45 

The failure is due to τLT stresses at top and bottom 
lamina. The stress in the free case is 45% greater 
with respect to the value of the clamped case. 
Nevertheless, εx of the middle plane in the free case 
is only 2% greater than in the clamped case. 

5 Example: [204/504] 

A laminate [204/504] of the same material and 
dimensions as in the previous cases has been 
analysed in order to see the influence of the 
clamping ends. Three different boundary conditions 
are analysed: Free ends, flexible ends and clamped 
ends. In the case of flexible ends, end compliance 
coefficients correspond to 60% of clamping, 
according to Tables 3, 5 and 6. Then: 

Cz = 1.521·10-6 Cx = 525.2·10-6 Cs = 5.541·10-3 

Two points of the specimen are considered for 
calculations: The central point A(x0 = 0.5, y0 = 0) 
and B(x0 = 0, y0 = -1) of maximum Nx. The applied 
load corresponds to a SF = 0.99 at point A in the 
clamped case, being P = 2285 N. As coupling effects 
increase when the number of layers decreases [7], 
this case can be considered critical. Table 7 presents 
end forces and moments per unit length and safety 
factors. The flexibility of the ends reduces the values 
of the end forces and moments.  

Table 7. End forces and moments in [204/504] laminate 
Clamping  N0s(N/mm) Mx(N) Ms(N) SF(A) SF(B) 
Free 0 0 0 0.73 0.73 
Flexible 0.59 -9.23 -2.10 0.98 0.80 
Clamped 1.033 -14.81 -5.56 0.99 0.72 

At point A the maximum SF is for the clamped case 
and at point B the maximum SF is for the flexible 
case. Moreover, SF at point B is very similar for the 
free and clamped cases.  

Figures 6-8 show stresses in the principal directions 
of orthotropy, σL, σT and τLT at the critical point B. 
The values of SF at point B in Table 7 correspond to 
the bottom part of ply 8 in both, the free case (0.73) 
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and in the clamped case (0.72). σT is greater in the 
clamped case (76.5 MPa) than in the free case (66.8 
MPa). Otherwise, τLT is lesser in the clamped case 
(29.6 MPa) than in the free case (49.1 MPa). Then, 
the similarity in SF is not due to similar stress 
values, but for the combined effect of σT and τLT. 
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(c)Clamped 

Figure 6. σL stress in a [204/504] laminate at point B. 

Figure 15 shows εx strains along the thickness of the 
specimen at the central point A. In the case of the 
clamped case, the strain distribution is uniform. 
Strains are minimum in the clamped case and the 
relative differences of mean strains with respect to 

the clamped case are 40% in the free case and 15% 
in the flexible case. 
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(b)Clamped 

Figure 7. σT stress in a [204/504] laminate at point B. 
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(b)Clamped 

Figure 8. τLT stress in a [204/504] laminate at point B. 

The effect of the specimen dimensions has been 
discussed in the particular cases of unidirectional, 
antisymmetric cross-ply and angle-ply laminates. In 
the present example, for a given value of N0x, if the 
length L of the specimen decreases N0s increases and 
the change in Mx and Ms is very small. Increasing the 
width b for the same value of N0x, the effect is 
similar: Ns0 increases and the change in Mx and Ms is 
not appreciable. Figure 10 shows end force and 
moments for an applied load N0x = 100 N/mm. 
Therefore, for a given laminate configuration, only 

N0s depends on the geometry of the specimen, 
increasing when c decreases. 
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Figure 9. εx strains in a [204/504] laminate. 
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Figure 10. Variation of the end force and moments with 

respect to the width for a [204/504] laminate. 
L = 200 mm; Nx0 = 100 N/mm. 

6 Conclusions 

The compliances relatives to edgewise and flatwise 
bending and to twisting at the ends can be 
determined by strain and displacement 
measurements in unidirectional off-axis, 
antisymmetric cross-ply and angle-ply laminates, 
respectively.  

Considering unidirectional laminates, the end shear 
force depends on the length-to-width ratio c. In the 
case of cross-ply and angle-ply laminates, end 
bending and twisting moments, respectively, do not 
depend on the length and the width of the specimen. 
Otherwise, residual effects compensate in some 
extent the end effects produced by the application of 
the load.  

With respect to multidirectional laminates with 
general coupling, only the end shear force depends 
on the length-to-width ratio, as in the particular 
cases explained previously. Bending and twisting 
moments depend only on the laminate configuration. 
Otherwise, mean strains at the centre of the 
specimen depend on the flexibility of the ends. 
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1 Introduction 

 

From both numerical and experimental 

standpoints, it is very desirable to develop a general 

methodology that can be used to determine the 

strain-softening response and characteristic damage 

properties (e.g. damage initiation strain, fracture 

energy, size of the damage zone) of composite 

materials. In the absence of a general methodology, 

one has to conduct multiple experiments combined 

with simplifying assumptions regarding the damage 

behaviour of the material in order to construct a 

strain-softening curve (e.g. [1]-[2]).  

Compared to well-developed tensile 

experiments for composite materials, compression 

tests and consequently compressive damage 

properties have received relatively little attention. 
The main issue that prevents the development of 

reliable and easy to reproduce compressive 

experiments is the buckling and instability of test 

specimens. Under tension, tests such as over-height 

compact tension (OCT) [3] are conducted to produce 

a stable and self-similar damage growth. These tests 

can be used to study and characterize the damage 

response of laminated composites. 

In recent years, a number of studies have been 

focused on developing tests for studying the 

progressive damage propagation of composites 

under compression. Soutis et al. [4]-[5] investigated 

the compressive fracture properties of open-hole 

carbon fibre/epoxy laminates. In their study, 

however, a self-similar crack growth as a result of 

progressive damage propagation was not observed.  

Moran et al. [6] presented their work on the 

progressive kink band propagation under 

compression for an edge-notched unidirectional 

laminate. Later on, Sivashanker [7]-[9] investigated 

the progressive damage propagation of both 

unidirectional and multidirectional edge-notched 

laminates. Using anti-buckling devices to prevent 

out-of-plane movement of specimens, he was able to 

study the progressive damage behaviour under 

compression. 

In some studies, sandwich panels have been 

used in order to prevent buckling of composite 

laminates and produce progressive damage 

propagation (e.g. [10]-[11]). 

In a study by Pinho et al. [12]-[13], compact 

compression tests on relatively small specimens 

were conducted. Similar to compact tension (CT), 

using this geometry, self-similar and progressive 

damage behaviour was observed in their studies.  

In this study, a geometry similar to the compact 

tension test geometry was considered for compact 

compression (CC) [14] tests (Fig. 1). The size of this 

specimen is larger than the specimen considered by 

Pinho et al. [12]-[13] (110×110 mm compared to 

60×65 mm) to allow the damage zone to grow to its 

final height and achieve a stable and self-similar 

growth pattern. For these tests, a previously 

developed approach [14]-[18], based on the digital 

image correlation technique (DIC), has been utilized 

to determine the compressive damage properties and 

strain-softening response of composite laminates. 

Using the DIC technique, full-field displacement 

vectors of the specimen surface are measured in 

each test. Based on the acquired data and using the 

basic principles of mechanics (equilibrium and 

compatibility), a family of approximate stress-strain 

curves and subsequently an average strain-softening 

constitutive behaviour are obtained. To further study 

the damage zone in these tests and validate the 

approach, destructive tests such as sectioning and 

de-plying were conducted. Using the SEM technique 

and optical microscopy, images of the damage zone 

were obtained and various regions identified. In the 

damage zone, formation of failure slip surfaces 

consisting of two large delamination surfaces 

merging with an inclined damage surface was 

observed as the main failure mechanism. 
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2 Methodology 

 

In this study, the CC specimen geometry (Fig. 

1) is used to produce stable and self-similar crack 

growth, and the damage zone is analyzed using a 

previously developed technique [14]-[18]. With the 

aid of high resolution cameras and the DIC 

technique, surface images are captured during each 

test. Using image analysis software packages such as 

DaVis [19] these images are then analyzed and the 

displacement vectors for virtual nodes on the 

specimen surface are measured. Surface strains are 

then calculated based on the measured displacement 

vectors. Using the strain field and finite element 

(FE) equations, equilibrium conditions are checked 

on the specimen surface to determine the boundary 

separating the damage zone from the undamaged 

zone at each stage of the test. Afterward, using the 

elastic stress distribution on the damage zone 

boundary, an approximate stress distribution inside 

the damage zone is obtained. Finally, by minimizing 

local and global cost (objective) functions, an 

optimized form of the constitutive response of 

composite laminates is obtained.  

To validate the results, both numerical 

simulations and destructive tests such as de-plying 

and sectioning are conducted. Experimental and 

numerical studies are discussed next. 

 

3 Experimental and Numerical Studies 

 

The material used for compact compression 

(CC) tests was IM7/8552 carbon-epoxy composite 

panels with a quasi-isotropic lay-up of [90/45/0/-

45]4S. To conduct CC tests, a testing fixture was 

built and utilized in this study. The current 

compressive jig is shown in Fig. 2. Load is applied 

through small balls on top and bottom of the jig and 

transferred to the specimen through the pins near the 

notch tip. The whole fixture moves inside railing 

guides around it to prevent buckling and bending of 

the specimen. During the experiments, out-of-plane 

displacement was monitored using the DIC 

technique and no out-of-plane bending was 

observed. In each test, along with the load data, the 

pin-opening-displacement (POD) was also recorded 

using an extensometer fixed between the two pins.  

Under displacement controlled condition, 

several CC tests were conducted. The load-POD 

curves of two of the tests are shown in Fig. 3. During 

each test, displacement fields on the surface of the 

specimen were obtained using the DIC technique. 

As described here, using a previously developed 

methodology [14]-[18], damage related parameters 

and stress-strain response of the laminate under 

compression were obtained. Two examples of 

approximate stress-strain responses obtained from 

this process are shown in Error! Reference source 

not found.Fig. 4 for cross sections at distances of 

1.2 mm and 11 mm ahead of the notch tip in the CC 

specimen, respectively. By overlaying all these 

curves, the optimized strain-softening response can 

be constructed as shown in Fig. 5 and Fig. 6. The 

key parameters for the construction of this stress-

strain curve and their values are presented in Fig. 6 

and Table 1, respectively. 

To validate the optimized constitutive response 

obtained here, independent FE simulations of CC 

tests were carried out. The LS-DYNA FE code 

together with its built-in material model, MAT_081, 

was used to simulate the CC tests. The optimized 

strain-softening response was used as an input curve 

for the simulations. The crack band scaling law [20] 

was applied to adjust the stress-strain curve and thus 

maintain the objectivity of the numerical results. The 

load-displacement curve obtained from the LS-

DYNA simulation is shown in Fig. 7 along with the 

results obtained from experiments.    

To further study the damage zone, destructive 

tests were conducted on the damaged samples. Some 

of the specimens were de-plied [21] to study the 

extent of fibre breakage in each ply.  

For de-plying, a section of interest in front of 

the notch was cut from the CC specimens. This 

section was left in the oven for about 6.5 hours at 

420 °C to burn-off most of the epoxy resin. The 

individual plies were then separated and studied to 

identify fibre breakage/bending traces in each ply. 

These traces are shown in Fig. 8, Fig. 9 and Fig. 

10.  

To further study the damage zone, some 

specimens were sectioned and analyzed using the 

SEM technique. Examples of the SEM images are 

shown in Fig. 11Error! Reference source not 

found.. In Fig. 12 and Error! Reference source 

not found. cross-sectional images along with the 

schematics of the damage pattern are shown.  
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STRAIN-SOFTENING RESPONSE OF COMPOSITES UNDER 

COMPRESSION 

 

 

4 Results and Discussions 

 

The reasonable agreement between the 

numerical and experimental results for the load-POD 

curves (Fig. 7) supports the validity of the obtained 

strain-softening curve as a representative 

compressive constitutive response for the composite 

laminate. It can be observed that the optimized 

strain-softening response consists of a softening 

curve followed by a plateau stress before the 

ultimate failure (Fig. 5 and Fig. 6).  

When fibers bend or break under compression, 

load can still be transferred through the damage zone 

via friction or other mechanisms before the two 

damage surfaces start to slide past each other. To 

examine this conjecture, an optical microscope was 

used to analyze the tip of the crack on the de-plied 

layers. Fig. 10 shows images obtained using an 

optical microscope for layer #7 (0°) of a CC 

specimen. From this image we can observe that for 

the damage area away from the tip of the crack (Fig. 

10c), debris and rubble form due to sliding and 

crushing of fibers on each other. On the other hand, 

at the tip of the crack (Fig. 10d) there is no 

indication of such rubble formation.  

From the SEM images of the cross-sections 

(Fig. 11 and Error! Reference source not found.), 

kinking in the 0° layers, off-axis matrix cracking, 

off-axis fibre breakage/bending, and delamination 

can be observed as the main failure mechanisms. 

Based on the obtained strain-softening response and 

by correlating the cross-sectional images to this 

curve, the compressive damage zone can be divided 

into 4 zones as shown in Fig. 13: undamaged zone, 

softening zone, broadening zone and zero-stress 

zone. These zones are described below: 

I. Undamaged elastic zone. 

II.  Softening zone: In this zone, the damage 

height increases to a characteristic size. Due 

to the formation of slip surfaces and 

excessive fibre breakage/bending, the 

material loses its load bearing capacity and 

its modulus decreases significantly.  

III. Broadening zone: Upon applying further 

compression, damage propagates into the 

neighbouring undamaged material. As a 

result, the damage height increases to a 

maximum height. A constant stress, or 

plateau stress, is transferred through this 

zone.  

IV.  Zero stress zone: The two surfaces of the 

damage slide on each other and the material 

fails. 

In the softening zone and the broadening zone, 

formation of failure slip surfaces can be observed. 

These surfaces consist of two large 

delamination/splitting surfaces merging with an 

inclined damage surface between them (Fig. 12, 

Error! Reference source not found. and Fig. 13). 

These surfaces result in a mechanism that reduces 

the load-bearing capacity of the section noticeably 

and eventually the two surfaces of the damage slide 

on each other leading to material failure.  

As mentioned earlier, the noticeable difference 

between the damage behaviour under tension and 

compression is that the process zone under 

compression (zones II and III), contains visible fibre 

breakage/bending. These damaged fibers can still 

transfer load under compression through friction. 

Under tension, however, fibre breakage leads to 

complete loss of load bearing capacity and broken 

fibers cannot transfer load anymore [22].  

 

5 Summary and Conclusions 

 

In this paper, experimental and numerical 

results obtained from compact compression tests are 

presented. The strain-softening response obtained 

from the CC tests was validated using numerical 

simulation and destructive testing. The results 

obtained here highlight the differences between the 

damage propagation in laminated composites under 

compression and tension. Under compression, while 

damage is propagating, load is still being transferred 

through the zone that contains fibre 

breakage/bending via friction and other mechanisms. 

However, under tension, when fibre breakage 

occurs, load cannot be transferred through the 

damage zone. 

During compressive failure, the composite 

laminate goes through the softening and broadening 

steps before the ultimate failure due to the formation 

of slip surfaces.  
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The proposed methodology provides insight 

into the details of damage propagation in composite 

materials under compression. Moreover, various 

failure mechanisms can be identified and the 

differences between tensile and compressive damage 

propagation can be observed. 
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Fig. 1. Compact compression (CC) specimen geometry. 

  
 

Fig. 2. Compact compression (CC) test fixture. 
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Fig. 3. Load-POD curves for CC tests. 
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Fig. 4. Approximate compressive stress-strain response 

obtained 11 mm ahead of the initial notch tip in a CC test. 
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Fig. 5. Approximate and optimized strain-softening 

responses under compression. 
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Fig. 6. Optimized compressive response obtained using 

the proposed methodology. 
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Fig. 7. Comparison of the load-POD curves obtained from 

LS-DYNA and experiments. 

 

 

Fig. 8. Fibre breakage/bending trace in ply #22 (0°) of the 

CC specimen for a 43×32 mm cut. 
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STRAIN-SOFTENING RESPONSE OF COMPOSITES UNDER 

COMPRESSION 

 

Fig. 9. Fibre breakage/bending trace in ply #4 (45°) of the 

CC specimen for a 43×32 mm cut. 

(a)
31 mm

0.5 mm
(b)

(c) (d)
 

Fig. 10. (a) Fibre breakage/bending traces in layer #22 

(0°) of CCB1 specimen, (b) showing part of the damage 

tip, (c) part of the damage zone that still can transfer load 

under compression and (d) rubble formation leading to 

loss of load bearing capacity. 

  

 

0°

+45°

90°

-45°

0°

+45°

90°

C

A

A

B

B

 

Fig. 11. Damage zone under compression. Failure 

mechanisms are kinking (A), off axis matrix cracking and 

fibre breakage/bending (B), and delamination (C). 

 
 

(a) (b) (c)  

Fig. 12. Formation of slip surfaces in cross-sections of the 

CC specimen at: (a) 27 mm ahead of the initial notch tip 

with maximum strain equal to -0.7%, (b) 25 mm ahead of 

the initial notch tip with maximum strain equal to -0.9%, 

(c) 23 mm ahead of the initial notch tip with maximum 

strain equal to -1.2%. 
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Fig. 13. Formation of damage zone under compression. 

 

Table 1. Parameters of the optimized strain-softening 

response obtained using the proposed methodology. 

Elastic modulus E x 54.2 (GPa) From FE analysis

E y 54.2 (GPa) From FE analysis

Poisson's ratio ν xy 0.32 From laminate plate theory

Shear modulus G xy 20.5 (GPa) Fromelastictheory=E/2(1+ν)

Damage initiation strain ε i -1.2% From CrackPro

Damage saturation strain ε s -2.0% From CrackPro

Ultimate strain ε u -4.5% From CrackPro

Plateau stress σ plateau -200 (MPa) From CrackPro

Total Fracture energy G f 85 kJ/m
2 From area below load-POD 
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1 Abstract 

In this paper the results of a series of trials are 
discussed, where prepreg test panels are processed in 
an autoclave under different cure cycles while their 
cure progress is monitored by ultrasound sensors. 
The in-house developed sensors were applied to the 
mould at four different locations and used to monitor 
the cure progress throughout the complete autoclave 
process. The produced panels were inspected 
visually and by ultrasound scan and then tested for 
glass transition temperature and by three-point 
flexural tests. The manufacturer’s recommended 
cure cycle is used as reference for the process 
variations and the results of cure monitoring and 
thermal and mechanical tests for designing 
optimized processes.  
The main goals of these investigations are the 
determination of the time saving potential of sensor 
guided processes and validation that similar 
mechanical properties are achieved.  

2 The Need for Sensor Guided Cure Processes 

The curing of the thermoset matrix by applying 
temperature and pressure is one of the most 
important production steps in manufacturing of 
carbon fiber reinforced plastic (CFRP) structures. 
The cure process significantly influences the final 
part quality and properties. Typically predefined 
temperature profiles are used consisting of one or 
more temperature dwell steps. The temperature 
profile is usually derived from the resin’s data sheet 
and then often adapted to the specific part design by 
trials. In order to ensure sufficient cure and to cope 
with unpredictable deviations, the dwell times are 
usually prolonged by high safety margins. Often 
occurring process deviations are inhomogeneous 
temperature distribution, variations in resin 
reactivity due to resin age or mixture and its 
temperature history. Due to the fact that their 
influence on the cure progress is not monitored 
during the running process, deviations cannot be 
corrected by adapting the process. This means that 

the process temperature profile has to be designed to 
assure sufficient cure under all circumstances and 
has to take deviations into account, which results in 
long cure cycles with high safety margins. In return 
this leads to long occupation times of the tools and 
machineries and hence to increased costs and low 
output.  
For more efficient processes the cure progress itself 
has to be taken into account instead of using a fixed 
temperature profile. To achieve a process control as 
function of the cure progress, sensors are required, 
which are able to acquire the cure state during the 
running autoclave process. By monitoring the cure 
progress the information can then be used to 
terminate the dwell steps when the resin reaches 
sufficient cure. In many cases the temperature 
profile consists of two dwell steps, the first at a 
relatively low temperature and the second at final 
cure temperature. In the first step the resin is brought 
to gelation at a slow reaction rate to reduce residual 
stress and in the second step to complete cure.  

3 Cure Monitoring System 

There are numerous cure monitoring methods 
available such as dielectrical analysis, electrical 
resistance, ultrasound, infrared or Raman 
spectroscopy. Nonetheless, their application into the 
environment of industrial composite production is 
challenging or very limited. Dielectric sensors are 
already used in the aeronautic industry [1] as there 
are several commercial systems of high degree of 
maturity. The use of dielectric sensors exhibits the 
drawback that the sensors need to be in direct 
contact to the resin, but also need to be isolated from 
carbon fibers to prevent short circuit. These 
requirements need to be fullfilled although the 
degree of cure is obtained on the part´s surface. [2,3] 
Ultrasound sensors on the other hand have multiple 
advantages as they do not need any direct contact to 
the part itself, therefore the sensors are easy to 
integrate into the tool and do not affect neither the 
vacuum tightness nor the part surface. As another 
advantage ultrasound sensors obtain not only the 
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cure state on the part surface but a mean value 
through the part thickness. The most robust 
ultrasound technique for this application is the 
transmission method, where one sensor is used as 
transmitter generating sound impulses, which 
propagate through the part and another sensor on the 
opposite side of the part is acting as receiver. The 
cure progress is then determined by velocity of 
sound, which is linked to the degree of cure. [4–10] 
In state of the art technology, ultrasound cure 
monitoring is only applied to closed mould 
processes. Its adaption to open mould processes with 
a flexible vacuum membrane by special adaptors can 
be seen in Fig. 1. There are two possible variations, 
the first is to seal the adapter and the sensor into the 
vacuum bag and in the second they are placed on the 
vacuum bag and then held by another auxiliary 
vacuum bag.  

 
Fig. 1. Transducers in closed (left) and open (right) mould 
processes 

Trials with the state of the art ultrasound transducers 
for cure monitoring showed unreliable 
measurements which could be linked to unstable 
acoustic coupling [11]. Usually the transducers are 
coupled by thin copper or lead foils to the mould and 
the adapters push them tightly against the mould 
surface [6]. Both are very sensible to temperature 
gradients, so that there is a high risk of losing 
acoustic contact where no sound waves can 
propagate between the transducers and the mould 
and hence the cure monitoring measurement is 
disrupted.  
With a very simple idea the coupling can be 
prevented from failing. Instead of using an 
ultrasound transducer, where a piezoelectric element 
generates the sound waves which have to be 
propagated through the transducer’s housing and 

then coupled into the mould, piezoelectric ceramics 
were glued to the mould itself (Fig. 2), so that the 
mould becomes part of the sensor [12]. These 
sensors reach high signal strength, are small and 
hence easy to integrate, reliable and inexpensive.  

 
Fig. 2. Piezoceramic ceramics glued to mould as 
ultrasound cure monitoring sensors 

The sensors are connected to an impulse generator 
for sending and a digital oscilloscope for signal 
reception and acquisition. The acquired signals are 
then analyzed for the time of flight and amplitude 
from which the ultrasound velocity and damping can 
be calculated.  

4 Materials and Test Methods 

The produced test panels consist of 16 unidirectional 
layers of the prepreg material MTM44-1 (UMECO 
Ltd.) with a thickness of approximately 2 mm and an 
area of 850 x 600 mm². The mould consisted of a 
steel plate and a thin steel cover plate, where each 
five piezoelectric ceramics were mounted. Due to 
limited cable interfaces in the autoclave only four 
sensor pairs could be connected at the same time. A 
layup, as represented by Fig. 3, was chosen to 
prevent resin bleeding and comparable laminate 
thicknesses throughout the test series. The borders of 
the prepreg and cover plate were framed by release 
film and only one thin glass roving per side allowed 
evacuation of the prepreg material, but almost no 
resin flow. The vaccum bag had a rectangular cutout 
and was sealed on top of the cover plate, so that the 
sensors remained accessible. The layup is derived 
from the application notes of the prepreg 
manufacturer [13].  
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Fig. 3. Layup for curing prepreg test panels 

To this point six different process cycles were 
performed, all derived from the prepreg data sheet 
and partially optimized based on sensor data (Fig. 
4). The first process MTM 02 represents the standard 
cycle consisting of two temperature dwells of 
2 hours at 130 and 180 °C. The profiles of MTM 03 
and 04 are only composed of one dwell step at 
180 °C of 2 and 4 hours duration as well as MTM 05 
and 06 respectively at 130 °C with durations of 8 
and 4.67 hours. The latter was obtained from 
analyzing the cure sensor data. The last process 
cycle MTM 07 was again the standard cycle with a 
prolonged first dwell step.  
The panels are first trimmed and then scanned for 
voids or delaminations by ultrasound and then they 
are cut to coupons and tested for their mechanical 
properties by tension (0° and 90°), compression (0° 
and 90°), three point flexural (0°) and interlaminar 
shear tests. Furthermore, they are analyzed for 
remaining reaction enthalpy ∆H and glass transition 
temperature Tg. Unfortunately only the flexural tests 

and analysis of remaining reaction enthalpy and 
glass transition temperature have been performed to 
this point.  

5 Results 

5.1 Ultrasound cure monitoring 

In the following the ultrasound cure monitoring 
results will be discussed in detail for one test panel 
and then the different processes will be analyzed and 
compared. During the test series many minor 
problems occurred in using this technique in 
autoclave environment and could be improved 
which resulted in higher measurement quality and 
robustness. Therefore the current last test is chosen 
for the detailed discussion of result. The process was 
also composed of two temperature dwell steps and 
hence demonstrates a typical process.  
Fig. 5 compares the four time-of-flight plots 
obtained by the ultrasound sensors throughout the 
whole autoclave process. More precisely it does not 
show not the absolute value but the shift of the time-
of-flight, which was calculated by cross-correlating 
the signals to each other. The cross-correlation 
allows calculating offsets between the signals in a 
very high resolution and also robust signal analysis. 
The plots represent the channels 1, 3, 5 and 7 where 
the ultrasound impulse was sent from the tool side 
and received from the sensors on the cover plate. On 
channels 2, 4, 6 and 8 the sound waves were sent in 
opposite direction which results in almost identical 
signals. The sensor positions are shown in the 
scheme in Fig. 5, where the arrows indicate the hot 
air stream of the autoclave. The sensor connected to 
channel 3 is placed on the center of the panel and the 

  
Fig. 4. Performed temperature cycles (measured tool temperature) 
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other sensors each positioned a quarter of the width 
or respectively length from the border. As 
mentioned before, only four of the five sensor pairs 
could be connected and used at the same time. All 
four plots show a similar course. As in autoclaves 
the heat transfer is realized by convection of the 
circulating hot air, the temperature distribution can 
be very inhomogeneous. In consequence the cure 
progress can differ significantly in function of the 
location. This can be found in the plot of CH01, 
which is the furthest sensor point from the hot air 
entrance and where the cure progress is delayed. The 
temperature was measured on the bottom side of the 
tool at two locations. One thermocouple was applied 
near the sensor CH01 and another one near CH05. 
As the thermocouples were placed on the outer 
surface, the difference is minor (Fig. 6).  
For a more detailed demonstration of the result’s 
analysis, the graph of CH05 was split into two parts 

with the addition of the signal amplitude (Fig. 7 and 
Fig. 8). In the very beginning of Fig. 7 the signal is 
shifting significantly, meaning a drop of the time-of-
flight, in the first minutes while the signal amplitude 
is increasing. Both are caused by building up the 
autoclave pressure leading to compressing the 
laminate and thus decreasing the laminate thickness 
and propagation path length of the ultrasound waves. 
In the following the tool and laminate are heated up 
to 130 °C at a rate of 2 K/min until approximately 
60 minutes of the process time. Due to the rise of 
temperature the resin’s velocity of sound decreases 
resulting in a rising time-of-flight while the 
amplitude is increasing. After 60 minutes the first 
temperature dwell step is reached enduring until 
350 minutes after the process start. During this stage 
the ultrasound time-of-flight first starts to decrease 
progressively and then slows down until it reaches a 
constant level correlating with the cure progress. 

 
Fig. 5. Ultrasound time of flight over process time 

 
Fig. 6. Temperature and pressure profile of MTM 07 

 
Fig. 7. First part of analyzed ultrasound signal with 
tangents for determination of vitrification point 

 
Fig. 8. Second part of analyzed ultrasound signal 
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Arising at about 170 min, the local minimum of the 
ultrasound amplitude is also a characteristic 
phenomenon and linked to the vitrification. Due to 
the high impulse frequency (about 3 MHz) the 
vitrification occurs prematurely in comparison with 
other measurement methods like DMA (working in 
the Hz range). The glass transition temperature is 
shifted by approximately 7 K per frequency decade 
[14]. A more suitable point for determining the point 
of vitrification suggested by McHugh is the 
intersection of two tangents. The first is placed on 
the inflection point and the second on the asymptote 
of the time-of-flight course. The application of this 
method concludes that the resin vitrificates at about 
240 min (Fig. 7). Due to the vitrification the cure 
reaction slows down drastically.  
Starting from 350 min the temperature is increased 
to 180 °C resulting in further decrease in sound 
velocity (Fig. 8). By increasing the temperature the 
cure reaction is reactivated, so during the second 
dwell step another asymptotic decrease of the signal 
arriving time can be observed. The drop of signal 
amplitude during the heat phase can be explained by 
the different heat expansion of tool and cover plate 
compared to the prepreg, which may affect the 
acoustic coupling. The same effect can be seen in 
CH01, as the signal amplitudes of CH03 and CH07 
are increasing significantly like observed during the 
first heat phase.  
During the cool phase beginning at 500 min the 
sound velocity of the resin increases again resulting 
in a decline of time-of-flight until the signal is cut 
off. This is again due to the weakening acoustic 
contact between the cover plate and composite part 
caused by the different thermal expansion, which 
can also be seen in all four plots. Similar to the 
second heat phase the signal of CH03 and CH07 stay 
in contact with the cover plate for a longer time as 
the other two sensors CH01 and CH07. As CH01 
and CH07 are placed further from the cover plate in 
the same direction as the fibers the highest 
difference in thermal expansion takes place at their 
locations.  
This detailed analysis demonstrates clearly the value 
and potential of ultrasound for process monitoring, 
optimization and control. Throughout the trials, 
different process cycles were performed and 
monitored from which the following cycles were 
designed.  
First the process described by the data sheet was 
performed as the reference (MTM 02). In this 
process the cure reaction does not stop in the first 
dwell step at 130 °C enduring 2 hours before the 

heat ramp. In the second dwell step at 180 °C the 
reaction proceeds only until an overall process time 
of about 290 min, 60 minutes before the actual end 
of the dwell step.  

 
Fig. 9. Ultrasound cure monitoring results of reference 
process  

In the first temperature step it is usually not intended 
to reach vitrification, only gelation at a low reaction 
rate in order to limit residual stress [15]. 
Unfortunately, it is not possible to determine the 
exact gelation point by ultrasound [14]. Correlation 
measurements between rheology and ultrasound let 
assume that the gelation point occurs between the 
onset and inflections of the time-of-flight curve. The 
correlation was performed in a measurement setup, 
where both rheological and acoustic parameters of 
the curing resin can be examined simultaneously 
[11,16]. The results from this study have not been 
published yet, but several authors found comparable 
results [17,18] and also McHugh’s results suggest 
this approach, where the onset occurs at a constant 
degree of cure of about 35 %, as well as the point of 
gelation at about 60 %. The onset can be constructed 
by the intersection of a tangent at the area of low 
change in time-of-flight and a tangent in the 
inflection point similar to the tangent method for 
determining the point of vitrification. As Fig. 9 
shows, the length of the first dwell seems long 
enough for gelation and the inflection point is 
reached at the end. Therefore, the target of reaching 
gelation seems to be fulfilled.  
In regard of optimizing the process towards 
productivity, the standard process could be 
shortened by approximately one hour in the second 
dwell step. The standard process took 420 minutes 
including cool down, hence the cycle duration could 
be reduced by 14.3 % and by 18 % before the cool 
phase.  
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In the trial this productivity-optimized standard 
process was not yet performed, as optimization 
through single dwell step processes and the 
optimization of quality were addressed first.  
In the test cycles of MTM 03 and MTM 04 the 
temperature was held at 180 °C for 2 and 4 hours. In 
the cure monitoring results the high cure rate 
provoked by skipping the first dwell at 130 °C 
becomes visible by a very sharp time-of-flight shift 
peak after about 80 minutes (Fig. 10). Until this 
point the effect of temperature on the time-of-flight 
is dominant, but then the opposing effect of the high 
cure rate leads to an abrupt drop of the signal arrival 
time. Also the sharp negative peak of the signal 
amplitude indicates the fast cure. Based on these 
observations an important heat release can be 
expected. This is also indicated by the numerous 
kinks in both curves and the second negative 
amplitude peak. This can consequently result in 
temperatures much higher than 180 °C inside the 
laminate and hence thermal damage of the polymer 
matrix. If this is the case it would be necessary to 
lower the heat rate or return to include a low 
temperature dwell step. Regarding the duration the 
4-hour-process could be reduced by about 
45 minutes.  

 
Fig. 10. Ultrasound cure monitoring results of single 
dwell step process (180 °C) 

In MTM 05 and MTM 06 processes with a single 
dwell step at 130 °C were performed. During the 
process of MTM 05 the temperature was held for 
8 hours and the gained cure monitoring results used 
for an optimized process in MTM 06. It can be seen 
in Fig. 11 that the time-of-flight curve of MTM 05 
does almost not change for about 200 minutes before 
the end of the process and thus its duration can be 
reduced significantly, which was realized in 
MTM 06. The same duration was used for MTM 07 

to which a second dwell step at 180 °C of 2 hours 
was added. The purpose of the latter is to examine if 
higher mechanical properties can be achieved.  

 
Fig. 11. Ultrasound cure monitoring results: Time-of-
flight and amplitude of the two processes at 130 °C 

5.2 Glass transition temperature 

Samples were extracted from the test panels and 
tested by Differential Scanning Calorimetry (DSC) 
for glass transition temperature Tg and remaining 
reaction enthalpy ∆H. For obtaining the reaction 
enthalpy the samples were heated at a rate of 
1 K/min to 230 °C. The results showed almost no 
released heat and therefore its value was not 
determinable.  
The glass transition temperature was measured at a 
heat rate of 10 K/min from 30 to 240 °C and 
analyzed by the midpoint method in accordance with 
DIN 65467. Three samples of every panel were 
tested showing high reproducibility (Fig. 12). The 
glass transition temperature is a good indicator for 
the polymer network density and underlies sensitive 
change in the range of high degrees of cure.  
The test panel MTM 02 produced after the process 
cycle described in the data sheet achieved a Tg of 
191.6 °C, while in MTM 03 the glass transition 
temperature was only 3.8 K lower (187.8 °C), 
although the process was reduced to the second 
dwell step of the standard cycle.  
The highest glass transition temperatures were 
reached by the processes MTM 04 (195.8 °C) 
including the longest cure time at 180 °C and 
MTM 07 (194.8 °C) with a long first dwell step of 
4.7 hours at 130 °C and then 2 hours at 180 °C. As 
expected the two cycles MTM 05 and MTM 06 with 
a cure temperature of only 130 °C lead to 
consideraby lower glass transition temperatures 
(150.9 and 143.4 °C), indicating that the limit value 
of low change in time-of-flight for terminating the 
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process was chosen too high and the process was 
terminated prematurely.  

  
Fig. 12. Glass transition temperatures of the test panels 

Regarding the glass transition temperatures the best 
process cycle aiming at high productivity seems to 
be a single dwell step at 180 °C between 2 and 
4 hours depending on the targeted glass transition 
temperature. On the other hand these processes work 
with high reaction rates throughout the complete 
duration. This can lead to residual stress, partial 
thermal degradation by exothermic effects and may 
affect the fiber-matrix-interface, which is not 
reflected by glass transition temperature 
measurement.  

5.3 Three point flexural test 

The prepreg panels were first inspected visually and 
by ultrasound scan for voids or other irregularities 
and then cut into coupons for preparing the 
specimens for tension, pressure, interlaminar shear 
and flexural tests. As mentioned before only the 
flexural tests were performed to this point.  
The flexural three point tests were performed after 
DIN EN 2562 with specimen dimensions of 
100 x 10 mm² with 10 specimens for each test panel. 
The obtained flexural strain, strength and modulus 
are represented by their median values for each test 
panel in Fig. 13, Fig. 14 and Fig. 15. The median 
was chosen over the mean value to reduce the 
influence of outliers. Also the bar plots are scaled in 
function of the range of values and standard 
deviation for better visual comparison. Although 
double the number of the minimum required 
specimens was tested, the results are relatively wide 
spread. Hence only tendencies between the flexural 
properties of the panels in function of their different 
process cycles can be derived. Nonetheless, 
observations similar to glass transition temperature 
can be made.  

 
Fig. 13. Median and standard deviation of flexural strain  

 
Fig. 14. Median and standard deviation of flexural 

strength  

 
Fig. 15. Median and standard deviation of flexural 

modulus  

Likewise as the glass transition temperature the 
process MTM 03 reaches a lower property level than 
the standard process, while in MTM 04 higher 
flexural strain, strength and modulus were achieved. 
The results seem not to support the assumption that 
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thermal damage by exothermic heat release or high 
residual stress could have been caused by the fast 
processes. They confirm on the other hand the 
observations from the previous chapter that 
regarding the optimization of productivity while 
reaching the same properties from the standard 
process, the process should consist of one single 
temperature dwell step at 180 °C with duration 
between 2 and 4 hours. The optimal duration 
suggested by the cure monitoring system was about 
3.25 h and has to be confirmed in a future test 
process.   
Considering quality optimization on the other hand, 
by far the highest values were attained by MTM 07, 
while the glass transition temperature of MTM 04 is 
at the same level. As intended the first long dwell 
step at low temperatures for slow reaction rates 
seems to reduce residual stress leading to increased 
mechanical resistance.  
The two low temperature processes MTM 05 and 
MTM 06 result as expected in low flexural 
properties.  The flexural strength of MTM 05 is 
slightly higher than the one of MTM 06 while the 
flexural strength is equal. No satisfying explanation 
for the unexpected high flexural modulus of 
MTM 06 could be found, but high measurement 
scattering.  Regarding flexural strain and strength 
the early process termination guided by the cure 
monitoring system seems admissible in contrast to 
the glass transition temperature.  

6 Conclusion 

Unidirectional prepreg test panels were produced by 
six different autoclave process cycles using cure 
monitoring with the aim of optimizing the process 
regarding productivity and quality. The process 
profile described by the data sheet served as 
reference and was used to derive the process 
variations. The cure progress was monitored by tool 
mounted ultrasound sensors at four locations. The 
cure monitoring results were used to optimize the 
process cycles in means of providing a criterion for 
terminating dwell steps. The panels were tested for 
glass transition temperature and flexural properties.  
For productivity optimization in terms of reaching 
the same properties as in the reference process, 
temperature profiles consisting of one single dwell 
step at 180 °C have been found as the most suitable. 
Two of those processes with each 2 and 4 hours of 
duration have been performed, reaching respectively 
slightly lower and higher property levels. The cure 
monitoring results suggest a duration of 3.25 hours 
for complete cure. By the latter the overall autoclave 

process would be reduced by 16.6 %. The cure 
monitoring results of the standard process suggests 
also a reduction of about 14.3 %. Both optimized 
processes will be examined by further tests.  
It has to be stated that these fast processes are based 
on high reaction rates throughout the whole process 
which risks high exothermic heat release. This could 
lead to thermal degradation of the polymeric matrix, 
especially for parts with high laminate thickness, 
where the heat cannot be transferred to the part 
surface at a sufficient rate.  
The optimization of laminate quality can be realized 
by a first dwell step at low cure temperature (130 °C) 
until the cure monitoring system indicates a limit 
cure rate followed by a dwell step at 180 °C 
terminated as well by cure monitoring guidance. 
This process on the other hand results in a 
significant increase of the overall process by about 
40 %, but also a significant increase in flexural 
properties.  
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

  

Recent experimental and numerical studies have 

shown that the load-bearing capacity and failure 

behaviour of fibrous composite materials are 

dependent on the local microstructure and in-situ 

constituent material properties within the 

heterogeneous material [1, 2]. Many researchers 

have attempted to simulate the microstructural 

behaviour of the material under load through the use 

of micromechanical modelling techniques. These 

models consider each constituent material as a 

distinct phase within the composite, and provide an 

interesting insight into the failure initiation and 

propagation of the composite under various types of 

loading. Of great importance, however, are the 

constituent mechanical properties which are used to 

define the materials in these micro-models. 

 

The vast majority of micromechanical models of 

composite materials assume that the material 

properties of the constituent materials are the same 

as the material properties of the material in its bulk 

form. However, this may not be the case after the 

complex composite preparation and high-

temperature curing processes [3]. Interactions 

between the constituents and their coupling agents 

may alter the constituent mechanical properties at 

the microscale, leading to error in the predicted 

response by the aforementioned micromechanical 

models. The matrix is the constituent most likely to 

be altered during the curing process as the material 

is in a molten state for a period of the cycle. The 

fibres are often coated with coupling agents in an 

attempt to improve the adhesion between the fibre 

and matrix constituents, and promote stress transfer 

across the interface between the constituents. These 

fibre treatments could interact with the matrix 

material while it is in a liquid state. It is also likely 

that any change in mechanical properties of the 

matrix material will be dependent on the matrix 

pocket size, and the location of the material relative 

to nearby fibre-matrix interfaces throughout the 

heterogeneous composite microstructure. 

 

Nanoindentation is a technique which can be used to 

determine the hardness and Young’s modulus of 

extremely small localised regions. Although 

originally used to determine the properties of thin 

films on substrates, the technique has been used in 

recent years to determine the in-situ mechanical 

properties of fibrous composites. Gregory and 

Spearing [3] carried out nanoindentation 

experiments on in-situ matrix pockets of two 

separate fibrous composite systems, as well as neat 

polymer plaques of the same matrix material. The 

tests indicated that the elastic modulus and hardness 

of the in-situ resin was up to 30% greater than that 

of the neat resin. Several authors [4-7] also carried 

out lines of shallow indents across fibre-matrix 

interfaces. This resulted in a small number of indents 

close to the fibre-matrix interface which produced 

mechanical properties with intermediate values 

between those of the matrix and fibre constituents. 

This region of unique properties close to the fibre-

matrix interface has been termed the “interphase” 

region. 

 

The goal of this project is to outline a methodology 

to fully characterise the micromechanical properties 

of a fibrous composite material in-situ, using the 

nanoindentation technique. The potential issues and 

downfalls of using the nanoindentation technique for 

this purpose are being outlined and investigated to 

ensure that the methodology is as robust as possible. 
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2 Nanoindentation Theory 

 

Nanoindentation tests involve pushing a diamond 

tipped indenter head into a bulk material under 

either load or displacement control. The 

displacement is monitored as a function of the load 

throughout the load-unload cycle. When determining 

material properties such as hardness and elastic 

modulus, a three-sided pyramid indenter known as 

Berkovich indenter is commonly used. The methods 

of interpreting nanoindentation data have been 

developed over a number of years with the Oliver 

and Pharr [8] method being the most extensively 

used method of determining modulus and hardness. 

Hardness (H) is defined as the contact pressure 

under the indenter:  

cA

P
H =  

 

where P is the load and Ac is the projected contact 

area. The initial slope of the unloading curve can be 

related to the elastic modulus of the material using 

Equation 2: 

 

π

AE

dH

dP
S

cr2
==  

  

Where S  is the initial slope of the unloading curve 

or contact stiffness, P  is the applied load and 
rE  is 

the reduced modulus. When using the Oliver and 

Pharr model, the projected contact area is 

determined using an area function which expresses 

the area as a function of the contact depth (
ch ). The 

area function for an ideally shaped Berkovich tip is 

given in Equation 3. 

 
2

56.24)( cc hhFA ==  

 

The contact depth (
ch ) is estimated based on 

Sneddon’s expression for the shape of the surface 

outside of the area of contact for an elastic 

indentation by a paraboloid of revolution [9]. 

 

dh

dP

P
hhc

max

max ε−=  

 

Where 
maxh  

and 
maxP  

are the maximum 

displacement and load, respectively, and ε  is equal 

to 0.75 for a paraboloid of revolution. As the 

measured displacement in a nanoindentation 

experiment is a combination of the displacement of 

the indenter tip as well as the specimen, the 

specimen modulus (
sE ) can be related to the 

reduced modulus (
rE ) using Equation 5, provided 

the indenter modulus (
iE ) is known and the 

Poisson’s ratios of the specimen and indenter (
sν  

and 
iν  respectively) are known or can be estimated. 

i

i

s

s

r EEE

22
111 νν −

+
−

=  

 

For the finite element simulations in this paper, it is 

assumed that the indenter behaves rigidly, Equation 

5 can be reduced down to Equation 6 by assuming 

the value for iE  is infinite. 

s

s

r EE

2
11 ν−

=  

 

3 Materials Description 
 

The material under investigation in this research is 

HTA/6376, a high strength carbon fibre reinforced 

plastic (CFRP) used in the aerospace industry. The 

average diameter of the HTA fibres is 6.6µm and the 

fibre volume-fraction for the composite is in the 

region of 60% [12]. The material properties of the 

composite constituents, as well as the properties of 

the bulk composite material, are given in Table 1. 

 

 

4 Finite Element Analysis 

 

The theory on which the nanoindentation is based 

assumes that the indentations are being carried out 

into a monolithic material far from any interface 

with another material. For this reason a number of 

issues can arise when using the method on fibrous 

composite materials. When indenting the matrix 

constituent, care must be taken to ensure that no 

stress transfer occurs over nearby fibre-matrix 

interfaces, which would constrain the indentations 

(1) 

(2) 

(3) 

(4) 

(5) 

(6) 
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3  

and lead to an overestimation of the matrix elastic 

modulus and hardness [3, 5, 6, 7, 10]. 

 

The elastic-plastic nanoindentation process was 

modelled using 3D finite element models. The 

commercial finite-element software ABAQUS v6.10 

[17] was used to create the models and carry out the 

analyses. A large strain solution was used and both 

materials were defined using the elastic properties 

shown in Table 1. The HTA fibre was assumed to 

exhibit anisotropic linear elastic behaviour while the 

6376 resin’s elastic-plastic behaviour was modelled 

using the pressure-sensitive Mohr-Coulomb yield 

criterion. This yield criterion is capable of taking 

into account the hydrostatic pressure sensitivity of 

the 6376 resin and has been previously used to 

predict yielding in polymers associated with fibrous 

composite materials [1, 2, 16]. The Mohr-Coulomb 

criterion induces yield in the material when the 

combined normal (σn) and shear (τ) stresses reach a 

critical level according to Equation 7. 

 

φσττ tannc +=  

 

where τc is the cohesion stress (yield stress in pure 

shear) and φ  is the angle of internal friction. The 

yield criterion can be expressed in terms of the 

maximum and minimum principal stresses, as shown 

in Equation 8. 

 

0cos2sin3131 =−++− φφ cτ)σ(σ)σ(σ  

 

Experimental data from tension and compression 

tests carried out on specimens of 6376 epoxy resin 

[11] allow the friction angle (φ ) and cohesion stress 

(τc) to be determined as 26° and 82 MPa 

respectively. 

 

4.1 Fibre Constraint 
 

In order to characterise the mechanical constraint 

effect caused by the surrounding fibres when 

indenting the matrix constituent, 3D finite element 

modelling was used. The models make use of the 

six-fold symmetry of the Berkovich indenter by 

making it necessary to only model one sixth of the 

substrate and indenter geometry. Eight node brick 

elements (of type C3D8) were used in ABAQUS to 

model the specimen geometry, while the indenter 

has been represented by an analytical rigid plane 

with an angular offset of 24.7° from the surface, as 

shown in Figure 1. This perfectly represents the 

Berkovich indenter geometry when the six-fold 

symmetry is taken into account. 

 

The HTA fibres are represented by discrete 

cylindrical regions shown in Figure 1. These 

sections were added to the bulk specimen in order to 

realistically represent cylindrical fibres surrounding 

the indentation zone. The diameter of the HTA 

fibres measured 6.6µm while the spacing between 

them measured 0.5µm. These values were chosen 

based on average results determined in a previous 

study which characterised the fibre distribution of 

the HTA/6376 composite microstructure [12]. 

Beyond this first layer of surrounding fibres, the 

material has been assigned the homogenised 

properties of the HTA/6376 composite through an 

embedded cell approach. The homogenised 

properties of the composite are given in Table 1. The 

‘constraint factor’ has been defined as the distance 

from the initial point of indentation to the closest 

point on the edge of the fibre. This constraint factor 

is then varied and the indentation depth held 

constant at 1µm in order to determine the change in 

indentation response closer to the fibre regions. 

 

The values of Young’s modulus obtained for each 

constraint factor were compared with the 

unconstrained value of Young’s modulus obtained 

from the unconstrained model (i.e. with no fibre or 

homogenised composite regions). This gave an 

indication as to how much the constraints were 

affecting the value of indentation modulus 

calculated using the nanoindentation simulation’s 

load-displacement data. The ratio of Young’s 

Modulus to unconstrained Young’s modulus is 

plotted against constraint factor in Figure 2. This 

figure shows a gradient in modulus was apparent as 

fibres closed in around the indentation area. The 

models indicate that values of indentation modulus 

calculated can be up to 47% greater than the 

unconstrained value due to the mechanical constraint 

of the surrounding fibres. Note that there was no 

contact between the indenter tip and the fibre 

constituents for all the values of constraint factor 

used. 

 

(7) 

(8) 
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5 Experimental Preparation 

 

 

A panel measuring 80 x 50 x 1 mm was laid up 

following a [0]8 lay-up sequence from a 

unidirectional prepreg roll of HTA/6376 composite 

material (supplied by Hexcel). Bulk uncured 6376 

matrix material was also acquired to allow 

comparison between the neat and in-situ properties 

of the material. The bulk uncured resin was co-cured 

with the composite lay-up in order to ensure that the 

bulk and in-situ resin materials were both processed 

until identical curing conditions. This was achieved 

by laying approximately 2mm of bulk resin on top 

on the composite panel as illustrated in Figure 3. 

 

The specimens were cured in a vacuum-assisted 

autoclave process. The “hybrid” panels were heated 

at 2°C/min and consolidated for two hours at 175°C 

and 7 bar pressure. The panels were then cooled 

down to room temperature at 2°C/min. Small pieces 

of the hybrid panel measuring roughly 15 x 10 x 3 

mm were cut from the panel and mounted in 

31.75mm (1.25”) diameter clear epoxy cylinders 

with the fibre direction facing toward the top face of 

the cylinder, as shown in Figure 14. Mounting the 

samples in this way facilitated semi-automatic 

grinding and polishing down to a final polishing 

suspension particle size of 0.05 µm. 

 

A micrograph showing the microstructure of the 

hybrid samples near the composite-epoxy interface 

is shown in Figure 5. Interestingly, there are now 

three distinct regions within the microstructure. The 

high volume-fraction region of the HTA/6376 

composite is shown at the top of Figure 5, where 

there are very few large resin pockets. At the bottom 

of Figure 5 there is the bulk 6376 resin region which 

contains no fibres and finally, in the middle region, 

at the composite-bulk epoxy interface, there is a 

region of matrix containing fibres thst have migrated 

into the resin regions during the curing process. In 

this region there are many resin pockets of varying 

size and also a number of fibres which are 

completely isolated from any other surrounding 

fibres. 

 

 

 

6 Experimental Nanoindentation of Matrix 

Constituent 

 

Nanoindentation tests were carried out on the hybrid 

specimens described in Section 5 using a G200 

Nanoindenter supplied by Agilent Technologies. 

Indentations into the bulk 6376 resin of the hybrid 

specimens were carried out, as well as indentations 

into the pockets of resin surrounded by fibres in the 

composite section. The work was carried out using 

the hybrid specimens rather than separately cured 

bulk 6376 resin plaques, as these specimens ensured 

that the bulk and in-situ resins had been cured under 

identical pressure and temperature conditions. The 

distance between the bulk and in-situ resin regions 

during curing was in the order of microns ensuring 

that conditions were very similar for both sets of 

bulk and in-situ indentations. Curing the samples 

separately could lead to slight deviations of 

temperature and pressure during the curing cycle for 

both materials, which would make comparison of 

nanoindentation between the two samples more 

prone to error. 

 

6.1 Experimental Investigation of Fibre 

Constraint 

 

The mechanical constraining effect that the 

surrounding fibres have on a nanoindentation test 

carried out into the matrix constituent was 

characterised using the finite element models in 

Section 4.1. In order to characterise the phenomenon 

experimentally, a number of indents have been 

carried out into matrix pockets of the hybrid 

specimens. The continuous stiffness measurement 

(CSM) technique was used when carrying out the 

indents. This technique applies a small oscillation to 

the indenter tip which allows the contact stiffness to 

be measured continuously as a function of 

indentation depth. This then allows mechanical 

properties, such as hardness and elastic modulus, to 

be calculated continuously throughout the 

indentation loading cycle and not just at the point of 

unloading.  
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The bulk matrix material was characterised by 

carrying out 30 CSM indents into the bulk 6376 

resin region of the hybrid specimens. The maximum 

depth of the indents was set at 2µm. The variation of 

modulus with indentation depth for the bulk matrix 

indents is shown in Figure 6. There was initial 

scatter in the results for depths shallower than 

100nm due to the indentation size effect (ISE) which 

is a feature of nanoindentation testing that has been 

well documented previously [13-15]. At larger 

indentation depths the data remains relatively 

consistent. The elastic modulus of the material has 

been calculated by averaging data from the 30 tests, 

using the data between the depths of 100nm and 

2µm. The mean value of modulus for the bulk 6376 

matrix material was calculated as 5.05 GPa with a 

standard deviation of 0.1 GPa. 

 

In order to compare the nanoindentation response of 

the in-situ resin with that of the bulk resin, CSM 

nanoindentation experiments were carried out into 

50 resin pockets of the hybrid specimen. The hybrid 

specimens contain a much wider range of matrix 

pocket sizes than the high volume-fraction bulk 

HTA/6376 composite. This allowed a wide range of 

resin pocket sizes to be characterised than would be 

possible with just a HTA/6376 composite sample. 

Resin pockets with a circular array of surrounding 

fibres were preferred in order to make the 

experimental indentations as comparable to the finite 

element models as possible. The pocket radii were 

measured using images of the indent taken from the 

optical microscope of the G200 Nanoindenter. An 

example of a residual indentation in a matrix pocket 

is shown in Figure 7. 

 

The CSM modulus data for 2 of the 50 indentations 

are compared with the CSM data for the bulk 

composite in Figure 6. For the lower depths the 

values for modulus remain relatively consistent. This 

is followed by a region of gradual increase in 

modulus values, with increasing indentation depth. 

This is due to the mechanical constraining effect of 

the surrounding fibres which was evident in the 

finite element models of Section 4. At a certain point 

the modulus then starts to increase rapidly due to the 

indenter coming in contact with one or more of the 

fibres that surround the indentation area. These 

observations are consistent for all the matrix pocket 

indentations with the phenomena occurring at 

different indentation depths depending on the radius 

of the matrix pocket. 

 

In order to characterise the fibre constraint from 

indentations carried out into a variety of different 

matrix pocket sizes, the concept of a ‘constraint 

factor’ has been used. The constraint factor (CF) at 

any point in the indentation has been defined as the 

radius of the matrix pocket being indented (Rp) 

divided by the instantaneous indentation depth (h) in 

Equation 9. 

 

�� =  
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The modulus data from the CSM curves were 

normalised by dividing by the unconstrained value 

of modulus (Eunconstrained). The unconstrained modulus 

values were the values extracted from the CSM data 

at the unconstrained depth (hunconstrained). From the 

finite element investigation carried out in Section 

4.1, it was determined that the indentations remain 

relatively unconstrained when the constraint factor is 

20 or greater. This implies that the unconstrained 

indentation depth is equal to the pocket radius 

divided by 20. 
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By analysing the data in this way, the fibre 

constraint effect on CSM data from indentations 

carried out in matrix pockets of varying size could 

be investigated. Figure 8 shows the normalised 

modulus values plotted against the constraint factor 

for all 50 indents carried out into the matrix pockets. 

The data for the 50 indents converges nicely when 

the data is analysed in this way, with three regions of 

interest. (i) For large values of constraint factor there 

is some scatter in the data. This is caused by the 

indentation size effect (ISE) becoming an issue for 

indents carried out into the smaller-sized matrix 

pockets. As we expect little or no fibre constraint at 

these high values of constraint factor, this scatter is 

(9) 

(10) 
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not an issue. (ii) A gradual increase in the 

normalised modulus values is observed for all the 

indents as the constraint factor decreases. This is 

caused by mechanical constraint of the surrounding 

fibres which becomes more prevalent as the 

constraint factor decreases. (iii) Following this 

gradual increase in normalised modulus, a rapid 

increase in normalised modulus is observed for a 

number of the indents for the lower values of 

constraint factor. This is where the indenter tip has 

actually contacted one or more of the neighbouring 

fibres while indenting to the maximum depth of 

2µm. This is observed at the top of the residual 

impression shown in Figure 7. The impression made 

by a Berkovich indenter at the maximum indentation 

depth of 2um will extend 6-9µm out from the initial 

point of contact, depending on the orientation of the 

tip. Therefore any indents carried out into pockets 

this radius size or smaller are likely to have contact 

between the diamond indenter tip and the fibres. The 

scatter observed for values of constraint factor where 

this steep increase in normalised modulus is 

observed is most likely due to the matrix pockets not 

being perfectly circular, the initial point of the 

indentations not being directly at the centre of the 

pockets and the orientation of the Berkovich 

indenter tip relative to the closest neighbouring 

fibre. 

 

The values of normalised modulus and constraint 

factor from the finite element investigation in 

Section 4.1 have also been superimposed onto 

Figure 8. The effect of the mechanical fibre 

constraint on the indentation modulus is similar for 

both the finite element models and the experimental 

CSM data. This is made evident in the middle 

portion of the figure where the gradual rate of 

increase in normalised modulus for the models and 

the experiments are very similar. The CSM 

experiments show that the indentation modulus of 

the matrix constituent can be increased by 40-50% 

by the neighbouring stiff fibre regions, and that care 

should be taken to avoid this phenomenon when 

attempting to determine the true properties in these 

regions. 

 

 

6.2 Investigation of bulk versus in-situ matrix 

properties 

 

Since the mechanical constraint has been 

characterised both experimentally and numerically 

through the use of finite element analysis, this 

knowledge can now be used to confidently 

investigate any real change in mechanical properties 

of the composite’s matrix constituent following the 

curing process. The CSM technique can be used to 

determine the unconstrained modulus value for 

indents constrained by, or contacted by fibres while 

approaching the maximum indentation depth. The 

unconstrained modulus (Eunconstrained) was determined 

from the CSM data at the unconstrained depth 

(hunconstrained) which was defined using Equation 10. 

The lowest value of unconstrained depth for all the 

50 pockets was 193nm. Indentations at this depth or 

deeper can be considered to be free from the 

indentation size effect (ISE) which may have added 

scatter or bias to the data. 

 

Once the unconstrained depth is known, the 

unconstrained, true value of modulus for the matrix 

in the pocket can be determined. A preliminary 

examination of the results indicates the values of 

indentation modulus for the large pockets are similar 

to that of the bulk matrix material. However, for the 

smaller pockets, an increase in modulus is apparent, 

with an increase of up to 19% measured from the 

experiments. The results appear to indicate that the 

curing process has an effect of the in-situ properties 

of the composite’s matrix constituent, causing a 

distinct increase in modulus.  

 

Conclusions 

 

The nanoindentation of a fibrous composite 

microstructure has been investigated experimentally 

and numerically using finite element analysis. The 

finite element models were used to characterise the 

effect of the mechanical constraint of the 

surrounding fibres on the nanoindentation. The 

continuous stiffness measurement (CSM) 

experimental nanoindentation technique also 

allowed this phenomenon to be characterised 
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experimentally. A similar trend of increase in 

modulus versus ‘constraint factor’ was shown for 

both the finite element models and the experiments. 

The value of indentation modulus from experiment 

could potentially increase by 40-50% due to this 

constraint effect. Characterising this effect allowed 

the true unconstrained values of modulus to be 

compared with that of the bulk matrix material. It 

was found that the change in elastic modulus was 

dependant on the matrix pocket size and increased 

by up 19% on the bulk matrix material value. 
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Tables 

Table 1: Constituent and composite material elastic 

properties [1, 18] 

 Fibre 

(HTA) 

Matrix 

(6376) 

Composite 

(HTA/6376) 

E11 (GPa) 238 3.63 139 

E22/E33 (GPa) 28 3.63 10 

υ12 0.28 0.34 0.32 

υ23 0.33 0.34 0.5 

υ31 0.02 0.34 0.32 

G12 (GPa) 24 1.35 5.2 

G23 (GPa) 7.2 1.35 3.6 

G31 (GPa) 24 1.35 5.2 

 

 

 
Figures 

 

 

 

 

 

Fig 1. Finite element model used to determine effect of 

mechanical fibre constraint 

 

 

Fig 2: Normalised Modulus plotted against Constraint 

Factor for the finite element models 

 

 

 

 

 

 

 

 

Fig 3: Composite (HTA/6376) and bulk resin (6376) 

lay-up sequence 
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Fig. 4 'Hybrid' sample where bulk 6376 epoxy and 

HTA/6376 composite have been cured together and 

mounted in epoxy puck 

 

 

 

 

 

Fig. 5: Resulting microstructure of the ‘hybrid’ 

sample at the composite-epoxy interface 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 6: Modulus versus Depth data for indentations 

into bulk 6376 resin and two resin pockets determined 

using the CSM Nanoindentation technique 

 

 

 

Fig. 7: Optical microscope image of a residual 

impression from an indentation carried out into a 

matrix pocket with a radius of 5.71µm 
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Fig. 8: Normalised Modulus plotted against Constraint 

Factor for all 50 pocket indents. The same data from 

the finite element investigation has also been 

superimposed 
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Abstract 

The lot sizes of carbon fibre reinforced plastic 

(CFRP) parts are rising constantly which drives 

research to bring a higher level of automation to the 

manufacturing processes of CFRP. Resin transfer 

moulding (RTM), which is seen as production meth-

od for high volumes, has been accelerated to a high 

degree. However, three-dimensional preforms are 

necessary for this process, which are widely manu-

factured manually. A new concept for the manufac-

turing of carbon fibre preforms with a form-flexible 

gripper with integrated heating technology is pre-

sented and discussed. Different heating technologies 

are investigated and evaluated. Heating rates under 

different process conditions are assessed. The con-

cept is proven by the manufacturing of a prototype 

preform. Further research is motivated in the clos-

ing summary. 

 

1 Introduction 

The high pressure on car manufacturers to build 

more energy-efficient vehicles generates a high and 

enduring demand for lightweight parts and struc-

tures. In vehicles with high lot sizes new metal ma-

terials and designs were introduced, while in small 

lot sizes, e.g. luxury and sports cars, fibre-reinforced 

plastics (FRP) led to a huge weight decrease. In re-

cent times, the car manufacturers have tried to take 

advantage of the lightweight potential of FRP for 

higher lot sizes. 

High material and process costs have so far prevent-

ed the wide use of FRP. Thus, automated high-

volume manufacturing processes for complex FRP 

parts are necessary [1]. 

The resin transfer moulding process (RTM) is one 

approach for high volume manufacturing. But the 

cycle time is still too high, mainly due to the long 

injection and curing times as well as the complex 

preform manufacturing process. According to [2] the 

preforming process is responsible for up to 60 % of 

the production cost mainly due to manual work [3] 

(see Fig. 1). 

This situation motivates the current paper in which a 

new approach for the automated manufacturing of 

preforms is presented. It aims at the reduction of 

production cost and time. The approach is based on 

a form-flexible, low pressure textile gripping and 

draping device with integrated heating technology 

for binder activation. It is developed in coorperation 

of the Institute of Joining and Welding and the Insti-

tute of Machine Tools and Production Technology, 

both Technische Universität Braunschweig, Germa-

ny [4]. 

This paper focuses on the heating technology and 

the preform process linked to the new handling and 

draping device. Heating results are presented for 

induction heating and conductive heating textiles. 

The integration into the preform device is discussed. 

A prototype setup as well as a demo process is 

shown. Details on the form-flexible handling device 

are presented in the paper “Form-Flexible Handling 

Technology for Automated Preforming” submitted 

to ICCM 19 by Löchte et.al. [4]. 

 

2 State of the Art 

2.1 Challenges for High Volume Preform Manu-

facturing 

Two important properties of a composite part manu-

factured in RTM processes are established during 

the preforming step. The stacking sequence or fibre 

orientation and the net-shape geometry are given to 

the preform. A large amount of the complexity of 
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reinforced plastics is thus handled during this pro-

cess step. This explains the high challenges for an 

automated preforming process. The demand and 

requirements for such a process are described in the 

literature as follows: 

 “Manufacturing of complex, loadpath-

optimized net-shape preforms with local varia-

tion of thickness in medium and high volumes” 

is necessary [1]. 

 “Automation technology for preforming and 

handling of preform and parts” is required for 

“reduced manufacturing time through preform-

ing” [5]. 

 “Reproducible and automated preforming pro-

cess” is demanded [1]. 

 

A huge number of different concepts and technolo-

gies have been developed to fulfil these require-

ments. The preforming technologies have been de-

veloped with various combinations of the following 

characteristics in mind, which explains the large 

number of technologies that have evolved: 

 Application (Aerospace, Automotive, ..) 

 Size of preform/part (bicycle saddle, pressure 

bulk, wind turbine rotor, ..) 

 Raw material (Roving, Fabric, ..) 

 Geometry (2D, 3D, tubular, ..) 

 

Furthermore, two different manufacturing approach-

es are competing: direct preforming (e.g. weaving, 

braiding, knitting, Tailored Fibre Placement (TFP) 

and Fibre Patch Placement (FPP)) and sequential 

preforming [6]. For the latter, the fixing of the pre-

form textiles can be realized using an adhesive, often 

called binder for preforming, or sewing. 

Sewing allows for high process rates and a rein-

forcement in z-direction, but is limited in the com-

plexity of the geometry and can lead to reduced me-

chanical properties due to misaligned fibres. This 

can be overcome by bonding the textiles which also 

allows for more complex preforms. Challenges are 

the right choice of adhesive and a fast curing or acti-

vation process. A false choice of binder may influ-

ence the injection process and the mechanical prop-

erties. Hot-melt adhesives are often used as binders. 

A short heating process to melt and activate the 

binder is necessary to achieve sufficiently high cycle 

times. Several binder-based preforming processes 

have successfully been implemented and new manu-

facturing concepts have been presented lately, which 

aim at increasing the automation of the preforming 

processes. 

2.2 Binder-based Preforming Processes and their 

Integration of Heating Technology 

In the following a comprehensive overview of cho-

sen concepts for binder based preforming is given 

and discussed. Many concepts have evolved from 

the manual preforming process typical for the early 

RTM parts with comparably low lot sizes.  Howev-

er, manual layup of textile cut-outs is still a typical 

and widely used process especially for prototypes 

and small lot sizes. The binder activation is realized 

manually with a hot iron or under a diaphragma in 

an oven. The heating and cooling of the preform to 

activate the binder in an oven takes a long time due 

to the heat capacity of the moulds and the low heat 

transfer in an oven [7]. This causes high process 

times. 

Especially the long heating and cooling cycles have 

been addressed by the implementation of new heat-

ing technologies and successfully led to shorter pro-

cess cycles [8]. Heated CFRP moulds are one ap-

proach that has been proposed. The low thermal 

capacity of CFRP (in comparison to traditional 

mould materials) and the high heat transfer by ther-

mal conduction allows for high heating rates and 

low energy consumption [8]. Alternatively the dia-

phragm can also be heated by the integration of car-

bon fibres, heated by electrical resistance heating, 

leading to likewise benefits [9]. Furthermore, infra-

red heating technology can be used [10]. Besides a 

better heating performance compared to an oven, it 

can be used with an existing diaphragma vacuum 

press and for different part geometries. 

However, all these approaches have in common that 

the lay-up of the textile fabrics is still manual which 

is only acceptable up to certain lot sizes. Automated 

binder-based preform concepts have only been 

found for parts with certain geometries like the 

mainly flat geometry of a roof top or a cylindric 

pressure vessel [11], that can be manufactured rapid-

ly by compression moulding or winding processes, 

respectively. Continous preforming was thoroughly 

investigated in [2]. Carbon fibre fabrics are gradual-

ly formed and fixed in a process similar to pultrusion 

to produce preform profiles even with slightly vary-

ing cross sections along the profile. Inductive heat-

ing and hot air have been investigated for the binder 

activation for this concept [2]. Preforming technolo-
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gy was also developed for very large parts like fuse-

lage, helicopter or wind turbine rotor blades, where 

especially the handling of high volumes of textiles is 

decisive for high lay-up rates. The authors of [12] 

propose a handling system to roll out textiles for this 

purpose. Heating technology has not been integrated 

into the described prototype. Automated Dry Fibre 

Placement (ADFP) can also be attributed to these 

characteristics. Similar to Automated Fibre Place-

ment (AFP) for prepregs, a set of binder-

impregnated rovings is continuously placed on a 

mould and bonded using infrared heating by a fibre 

placement head, typically connected to a portal or 

industrial robot. ADFP allows high quality, high 

flexibility and precision of fibre placement and ori-

entation and reducing material wastage [13][14]. 

However, the described automated processes cannot 

be used for more complex, flat geometries. Particu-

larly in the automotive industry, rather small and 

complex preforms are demanded to utilize the light-

weight potential of fibre reinforced plastics. The 

complexity comprises both stacking of patches vary-

ing in size trough-out the preform and geometrical 

curvatures with different directions and radii. 

Two promising preforming concepts can be named, 

which address these category of parts: Fiber Patch 

Placement (FPP) and function-integrated textile 

grippers.  

The FPP concept has been proposed by [15]. Small 

fiber patches are placed and fixed on a mold by a 

fast parallel robot step by step. The small size of the 

patch supersedes a draping process, which allows for 

the simple setup of this concept. Its advantages are 

the high flexibility of local fiber orientations and 

part geometry, low waste and simple tooling. The 

small fiber length of the patches necessitates a very 

high transport and placement operation of the robot, 

which leads to low fiber output [16].  

Preforming processes based on function-integrated 

textile grippers are investigated by many research 

groups [18][12][19][20][21]. They differ in the drap-

ing kinematic, standard gripper components and 

integration of heating technologies. The authors of 

[4] extensively discuss the kinematics as well as the 

draping and gripping performance of these concepts 

and come to the conclusion that the chosen kinemat-

ics limit the draping performance and the flexibility 

for different part geometries. Due to the low form-

flexibility of the concepts, form-flexible heating 

devices have not been considered. Hot stamps that 

can be moved uniaxial onto the preform are used by 

[20]. Conductive heating is utilized by [17]. Binder 

activation by hot air is investigated by [18]. 

In summary, this overview shows that automated 

concepts have been found for certain geometries and 

conditions. Although a huge number of concepts 

have been presented for more complex flat parts, 

new or improved methods for an automated pre-

forming have to be found, since either the draping, 

gripping or binder activation capability limits the 

extensive, automated and flexible use in high vol-

ume production. 

 

3 Concept of Form-Flexible Handling Device with 

Integrated Heating Technology 

Concluding the state of the art three key aspects 

have been identified for the automated binder based 

manufacturing of textile preforms: Gripping, draping 

and bonding. Especially draping and fixing depend 

on each other since the draped textile will spring 

back if it is not fixed in the final form. Together with 

the form-flexibility, necessary for draping, this 

makes up the complexity of the manufacturing tech-

nology. 

Accordingly, this paper and [4] propose a form-

flexible handling device that integrates an under-

pressure textile gripping system and heating tech-

nology for binder activation. A draping of textiles is 

possible during gripping and heating due to the 

form-flexibility of this device. This gripper is called 

“FormHand” in the following descriptions. It can be 

attached to a robot and integrated into an automated 

production process. 

The essential build-up of the gripper can be seen in 

Fig. 2. It consists of a flexible cushion with an air-

permeable cover (3) and granulate material filling 

(4). The cushion is attached to a base frame (1), 

which stabilizes the cushion from one side and 

serves as a platform for the connection to the robot 

and the secondary equipment like vacuum blower, 

electrical heating generator, measurement and con-

trol instrumentation. With the build-up described so 

far, the steps gripping and draping of limb fabric can 

be realized. Further details on the concept and its 

abilities are given in [4]. The heating technology (5) 

needs to be integrated into this build-up without 

limiting the other functionalities, especially the 

form-flexibility. 
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4 Process Concept for Automated Preforming 

with a Form-Flexible Handling and Heating De-

vice 

The automated preforming process with the form-

flexible handling device comprises the following 

steps for each ply (see Fig. 3): 

 Pick-up of pre-cut ply or ply set in 2D  

 Transport from cutting and binder application 

system to preform mould 

 Draping of ply or ply set into preform mould 

 Fixing by hot-melt bonding 

These steps need to be repeated for each ply until the 

preform is finished. The process time for each step 

needs to be reduced as far as possible since it is mul-

tiplied by the number of plies. This requirement is 

especially important for the last step, in which the 

textiles need to be heated above the melting temper-

ature of the hot-melt binder and cooled down after-

wards to fix the textiles. High heating and cooling 

rates need to be realized by the heating technology, 

which can either be integrated into the mould or the 

handling device. In this paper the latter is discussed 

since the integration into the handling device offers 

several advantages. Such a handling device allows 

parallelising the draping and the heating steps during 

the preform layup. As shown in Fig. 3, the textiles 

can be preheated to a temperature below the melting 

point during pick-up, transport and draping into the 

mould. During the fixing step the textile and binder 

are heated above the melting temperature und cooled 

down. The cooling can be accelerated by the air 

stream from the vacuum gripper. 

 

5 Aim of Research 

The work presented in this paper is a feasibility 

study to show whether the presented concepts can be 

realized in a prototype setup and whether it is able to 

manufacture preforms. While [4] aimed for the iden-

tification of a suitable construction and materials for 

the prototype of a form-flexible handling and drap-

ing device, the aim of this paper is to identify appro-

priate heating technology to allow integration into 

the device and to pursue initial preforming experi-

ments. Furthermore the influence of different pa-

rameters like air stream, heating rates and heating 

method are assessed by initial experiments.  

 

 

6 Heating Technology for the Integration into the 

Form-Flexible Preform-Gripper 

Two crucial requirements were defined for a heating 

technology which can be integrated into the form-

flexible handling device. The heating technology 

needs to allow for 

1.) a fast heating of the handled textile layer and 

2.) a low disturbance of the handling process. 

Especially the form-flexibility of the gripper cushion 

may not be disturbed since it is crucial for draping 

the textile into a complex three-dimensional geome-

try. Beside these requirements, the main challenge 

for the integration of heating technology into the 

form-flexible gripper concept FormHand is its dis-

tance and access to the preform to be heated. Due to 

the draping process access (e.g. direct contact or UV 

radiation) is prevented by the gripper, especially the 

gripper cushion textile and filling, on one side and 

by the mould on the other. Therefore, several heat-

ing technologies that have been mentioned in sec-

tion 2 for binder activation in different preform set-

ups were excluded early: 

 Infrared heating is difficult to be integrated due 

to the missing direct access to the preform.  

 Laser could only be used if laser transparent 

materials could be used for the gripper cushion 

and membrane or if optical fibres could transfer 

the energy to the gripper cushion, which would 

greatly increase the complexity of the gripper.  

 Direct heating of the carbon fibre preform by 

contacting the carbon fibre through electrical 

contacts on the gripper cushion was excluded 

due to the difficult adaption to different cut-out 

geometries. 

 Heated moulds could well be used together 

with the form-flexible handling technology and 

would reduce the complexity of the preform 

gripper by eliminating the necessity for inte-

grated heating technology. However, heated 

moulds for preforming are comparatively ex-

pensive and are limited to a specific geometry. 

 

Two remaining technologies were chosen for the 

initial assessment in this paper: Conductive heating 

textiles and inductive heating. The integration con-

cepts are depicted in Fig. 4. 

Induction heating was chosen due to its contactless 

heat transfer and high heating rates [7]. Fundamental 

condition is that electrically conductive textiles are 
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handled and that the fabric has different fibre orien-

tations. Eddy currents can then be induced in the 

fibre fabrics, which results in a volumetric heating of 

the preform textiles by Joule losses. This causes very 

high heating rates in the binder which is in direct 

contact to the textiles. Approach for the integration 

of this technology in FormHand is to attach small 

inductors on the inside of the gripper cushion. 

The second integration concept is based on conduc-

tive heating textiles. Electrically conductive fila-

ments or rovings (e.g. copper, steel, carbon fibre) are 

typically integrated in or on a supporting textile. A 

contacting at the edges of the textile allows the con-

nection of an electric generator and the heating by 

Joul losses. The textiles can be integrated into 

FormHand by partly substituting the gripper cushion 

cover or by attaching it on the bottom of the cushion 

(see Fig. 2 and Fig. 4 (a)). 

The heating characteristics and integration concept 

of both technologies was evaluated in initial investi-

gations, which are described in the following. 

 

6.1 Preform Materials for Heating Experiments 

Two carbon fibre textiles were used as preform ma-

terials. One carbon fibre twill weave (HTS 40) man-

ufactured by C. Cramer GmbH & Co.KG and a bi-

axial non-crimp fabric (0/90°) by Hexcel. A powder-

binder EPIKOTE 05390 by Momentive was used for 

the investigations due to its low melting tempera-

ture. It is an Epoxy based binder activated in a tem-

perature range between 80 – 90°C. 

 

6.2 Inductive Heating 

Four plies of a carbon fibre weave with binder be-

tween each ply were heated by induction. A genera-

tor EW 2 by the IFF GmbH, Germany was used for 

the inductive heating experiments. The frequency 

domain is 15-25 kHz. The equipment was chosen 

since air-cooled coils were available. The coil 

U7050, shaped like a horseshoe magnet and a sole-

noid coil were used (see Fig. 5). Vacuum was ap-

plied for as compaction pressure on the carbon fibre 

fabrics and the temperature was measured in the 

binder below the top carbon weave. The experi-

mental setup is depicted in Fig. 5. 

The heating patterns of the two coils can be seen in 

Fig. 6. The heated area is approx. 40 x 60 mm for 

the U7050 and almost double as large for the sole-

noid with a cold spot in the middle. It depicts that 

with inductive heating only small areas (points or 

lines) can be preformed if the inductor is not moved 

above the preform. However, a punctual fixation 

might be enough for some preforms. 

Beside the heating pattern, the distance of the induc-

tor to the preform is the second crucial parameter 

that needed to be evaluated. Fig. 7 shows heating 

rates for typical distances used during induction 

heating for two frequencies and moderate power 

(500 W). High heating rates up to 10 K/s can be 

reached, which could even be increased by higher 

power. However, the sensitivity of the heating rates 

to the distance indicate, that it is important to ensure 

a constant distance within the heated area to prevent 

overheating. Since a curvature can be expected with-

in the heated area, inductors with a smaller heating 

pattern are necessary. A smaller solenoid inductor 

was investigated, but did not provide enough power. 

Further investigations need to be performed with 

adapted induction equipment. 

 

6.3 Conductive Heating by Heating Textiles 

Two ways for the integration of heating textiles in 

the gripper cushion can be discussed. First the heat-

ing textile can take over the function of the outer 

shell of the gripper cushion. It has to fulfil both re-

quirements from the handling and heating perspec-

tive. As an alternative the heating textile can be 

stitched to the outer shell of the gripper, which re-

duces the requirements and simplifies the integra-

tion. However, the decreased air permeability needs 

to be considered in the conceptual design of Form-

Hand. 

The major requirements for the selection of heating 

textiles can thus be summarized according to the 

sub-processes as: 

A) Gripping and Draping 

 Air permeable 

 Drapable 

 

B) Heating 

 Temperature resistant to allow high temper-

ature difference between cold preform tex-

tiles and heating textile which drives heating 

rates 

 High heating power to allow for low process 

cycle times 
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 Resistance against electrical short circuits to 

prevent overheating while the textile is 

draped 

 Electrical isolation against preform carbon 

textiles 

 

Three different commercially available heating tex-

tiles were evaluated, which are shown in Fig. 8: a 

knitted fabric with a low percentage of steel fibres 

(A), isolated copper fibres bonded to a polyester 

fabric (B) and carbon fibre rovings stitched to a 

glass fibre fabric (C). All of them are based upon 

electrical resistance heating. Table 1 compares these 

textiles and assesses their properties according to the 

requirements defined above.  

The heating textile A shows excellent properties in 

terms of drapability and a homogenous heating pat-

tern (see Fig. 9 left). However the temperature sta-

bility of 90°C needs to be improved to reach the 

melting temperature of the hot-melt binder. Fur-

thermore the conductive steel filaments are not elec-

trically isolated. Thus if carbon fibre cut-outs are 

heated and the heating textile is in direct contact to 

the cut-out, both textiles act as parallel resistors, 

which leads to a lower temperature in the contacted 

area. Fig. 9 (right) shows this effect. Heating the 

carbon fibres directly is a good effect at first and if 

enough power is supplied, a sufficient temperature 

might be reached. However, the heating textile 

would be overheated in the region that is not con-

nected to the carbon fibres. Furthermore, the whole 

carbon fibre stack would be heated and the tempera-

ture would thus strongly depend on the type of fab-

ric, their resistance and the number of plies. 

Textile B has a higher in-plane shear stiffness, but a 

low bending stiffness and good flexibility due to the 

low thickness. The heating pattern is defined by the 

number and position of the embedded copper fila-

ments. Each filament is isolated by a polyurethane 

layer. Thus a good electrical isolation towards the 

carbon fibre fabrics is guaranteed. The textile offers 

very high air permeability, which can be adapted to 

the gripping needs by the density of the PET-

filaments. The textile could be used in exchange for 

the gripper cushion. However the current density of 

the copper filaments and the low temperature re-

sistance of the PET-filaments only allow for a com-

parably low heating power. 

The third heating textile (C) that was investigated is 

based on carbon fibres as heating elements, which 

are stitched to a glass fibre fabric (see Fig. 10). It is 

much thicker than both other textiles, but has a good 

draping and acceptably low bending stiffness. The 

glass fibre layer could be eliminated in future opti-

mization loops to further improve the draping behav-

iour and decrease the thermal barrier between re-

sistance-heated carbon rovings and preform. How-

ever, the electrical isolation against the carbon fibres 

of the preform is guaranteed by the glass fibre layer 

and the gripper cushion. The temperature stability of 

the heating textile up to 180°C is sufficient for the 

preforming process. Its heating pattern is shown in 

Fig. 10. The heated carbon rovings can well be iden-

tified in the thermal image. Although the heating 

pattern is not homogenous, a good preforming per-

formance can be expected since more than 50% of 

the area is heated directly by resistance heating. Due 

to the best combination of temperature stability and 

heating power assessed in initial experiments, textile 

C was used for further investigations and in the pro-

totype FormHand. 

The experimental setup for these heating experi-

ments with conductive heating textile C depicted in 

Fig. 11. Three layers of carbon fibre textile are posi-

tioned on a flat glass panel. The conductive heating 

textile is placed between the gripper cushion and the 

carbon textiles. 

Thermocouples are fixed on the heating textile (T1), 

the glass panel (T7), between the top and second 

textile layer (T5) as well as the second and third 

(T6) (see Fig. 11). The gripper is connected to a 

vacuum generator via the air connection (1). Both an 

low pressure and overpressure air stream can be 

regulated and measured (S1) by the vacuum genera-

tor and an attached flow meter. The self-weight of 

the gripper with cherry pits is approximately 7.5 kg 

and is used as compaction pressure. 

The temperature distribution in the experimental 

setup comprising heating textile, preform and mould 

can be seen in Fig. 12. While the heating textile 

reached a temperature of 140°C within 4s, the tem-

perature in the preform below the top layer increases 

delayed and with a lower heating rate. The melting 

temperature of the binder is reached after approx. 

28s. Thermocouple T6 (one ply further away from 

the heating textile) does not reach the melting point. 

The influence of the gripper air stream on the heat-

ing performance was investigated in further experi-

ments. As described in Section 4 the time for the 

transport of the textile cut-out from the batch to the 
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mould can be exploited for the pre-heating of the 

handled textile. During this phase a low pressure is 

applied to grip and hold the textile during transport. 

Experiments were conducted to assess the influence 

on the heating performance. Fig. 13 shows the tem-

perature over time for different air stream flows. 

While the initial heating rates vary only slightly, the 

temperature increases slower with higher airstream 

flows. The maximum temperature reached after a 

35s heating cycle with the same electrical power 

decreases as well. The loss in heating power depend-

ing on the air stream needs to be compensated by a 

higher power supply during heat-up.  

While the airstream decreases the heating rates dur-

ing heat-up, it might help to accelerate the process 

during the cooling phase. The gripper can be lifted 

from the preform as soon as the binder solidifies 

below its melting temperature. Both under- and 

overpressure air stream can be realized and meas-

ured by the vacuum blower with electro-pneumatic 

reversing. Fig. 14 shows that the cooling rate can 

almost be doubled by utilizing an airstream of ap-

prox. 200 m³/h. This helps to increase the layup rate 

of the preform gripper. 

Furthermore, the influence of the heating textile 

temperature on the heating rates in the preform is 

investigated. Fig. 15 illustrates, that a higher tem-

perature of the heating textile leads to increasing 

heating rates. A rise of the textile temperature from 

125°C to 170°C leads to an almost doubled heating 

rate. Thus, the parameter is crucial for a fast pre-

forming time and depicts the necessity for heating 

textiles, which are suitable for high temperatures. 

 

6.4 Assessment of Investigated Heating Technol-

ogies 

Both heating technologies are suitable to heat up the 

binder in the preform above the melting temperature 

of the binder. However, the results showed that the 

heating rates of 1-2 K/s in the binder layer are sig-

nificantly lower in the case of the heating textiles in 

comparison to the induction heating results with 10-

15 K/s. This can be explained by the different heat 

development. During induction, the heat is generated 

in the top carbon plies of the preform, and thus close 

to the binder. With the conductive textiles, the heat 

needs to be transferred through the carbon ply be-

tween the heating textile and binder powder. This 

leads to a delay of the temperature increase in the 

binder layer. However, induction heating is only 

applicable for electrically conductive fibres, like 

carbon fibres, and large inductors can limit the ho-

mogenous heating, drapability and air permeability 

of the gripper cushion. Both represent no problem if 

the heating textiles are used. Furthermore, induction 

heating is mainly limited to line- or punctual heating 

while heating textiles can achieve a more homoge-

nous, planar temperature distribution. The prototype 

gripper was therefore realized with a conductive 

heating textile. Further development of specific in-

ductive heating equipment could allow for a later 

integration into the gripper. 

 

7 Manufacturing of a Generic Preform using 

FormHand 

The hardware prototype of the FormHand concept 

has been tested and validated for the manufacturing 

of a generic s-shaped preform. The binder powder 

EPIKOTE 05390 was used and applied one-sided on 

three plies of non-crimp fabric (0°/90°) consecutive-

ly, see Fig. 16 (a). Afterwards the textile was draped 

into the mould by FormHand, see Fig. 16 (b). The 

preform shape was fixed by heating the binder to 

approximately 100°C through the heating textile on 

the gripper cushion. Fig. 16 (c) depicts that Form-

Hand could completely drape the textiles into the 

shape. The final preform shows that the binder acti-

vation was successful, Fig. 16 (d). These experi-

ments validated the concept of FormHand. 

 

8 Conclusions 

The concept of a form-flexible handling device with 

integrated heating technology and the corresponding 

process is discussed. Induction and conductive heat-

ing are initially assessed as possible technologies for 

the integration into a preform handling device. The 

results show that very high heating rates can be 

achieved by induction and high heating rates for the 

heating textiles. The initial assessment of the pre-

forming concept with a form-flexible handling pro-

totype with integrated heating technology has shown 

that preforms can be manufactured. Heating textiles 

could successfully be integrated without constrain-

ing the gripping and draping performance. The cru-

cial temperature of at least 80°C has been reached 

between the top layers of the prototype preform to 
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melt the binder and fix the carbon fibre textiles of 

the preform. 

The conductive heating textiles investigated in this 

paper show that form-flexible heating technology is 

available and can be integrated into the handling 

concept. Further investigation is necessary to en-

hance the interaction of the heating textile with the 

gripping and draping while increasing the heating 

power. The results indicate that the heating textile 

temperature is one crucial parameter for high heating 

rates. The possible preform process time has to be 

determined during the further research. 
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Fig. 1: High process time for preforming process (Cutting 

and lay-up) [8] 

 

 

 

Fig. 2: Concept of the form-flexible, low pressure han-

dling device FormHand with integrated heating technolo-

gy, see [4] 
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Fig. 3: Process timeline with temperature profile 

 

 

 

Fig. 4: Form-flexible handling device with a heating tex-

tile (a) and with inductors on the gripper cushion (b) 

 

 

Fig. 5: Experimental setup for inductive heating 
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Fig. 6: Thermal image and schematic build-up of inductor 

U7050 (left) and solenoid (right); Two colder rectangles 

can be attributed to spacers 

 

 

Fig. 7: Heating using induction with different coil dis-

tance and frequency 

 

 

 

Fig. 8: Heating textiles; Knitted fabric with a low percentage of steel fibres (A), isolated copper fibres bonded to a polyester 

fabric (B) and Carbon fibre rovings stitched to a glass fibre fabric (C) 

 

Table 1: Comparison of heating textiles 

Textile Supplier 

Maximal 

Temperature Draping 

Aerial 

weight Material 

Heating 

power 

Knitted fabric 
ITP GmbH, 

Germany 
90 °C 

Very 

good 
180 g/m² 

Trevira CS + 16% 

Stainless steel 
1250 W/m² 

Polymerweave with 

isolated copper 

filaments 

Sefar AG, 

Switzerland 
180°C Good 90g/m² 

PET Monofilament 

+ Copper filament 
1000 W/m² 

Carbon fibre 

rovings on glasfibre 

Gerster 

TechTex 

GmbH & Co. 

KG, Germany 

230 °C Ok 
Approx. 300 

g/m² 

PES + Carbon 

fibre rovings 

> 3000 

W/m² 

 

 

(A) (B) (C)
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Fig. 9: Thermal image of knitted fabric (A) without isola-

tion (left) and with silicon liner (right) 

 

Fig. 10: Heating textile by Gerster TechTex (left) and 

thermal image (right) 

 

Fig. 11: Experimental setup for conductive heating 

 

Fig. 12: Temperature on heating textile (T1) and in pre-

form (T5/T6) over time during conductive heating 

   

Fig. 13: Influence of the gripping air stream on the 

heating performance 

 

Fig. 14: Cooling rates in the top binder layer against air 

flow 

  

Fig. 15: Influence of the temperature of the heating textile 

on the heating rates in the top binder layer 
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Fig. 16: Preforming with the prototype of FormHand 
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1 General Introduction  

 Through-thickness response of 

materials is vital to understanding how a 

material will behave under impact or ballistic 

type loading.  Quasi-static along with high rate 

testing must be performed to determine how 

these materials will behave to high rate impact 

and penetration events. Understanding the 

unique failure modes that are seen in during 

these events is very important to designing 

better materials for these applications. 

Typical high strain rate testing includes the use 

of compressive Hopkinson bar setups. 2D in-

plane woven material was investigated 

previously and found to form failure bands of 

high shear at angles to the loading direction 

under high rates of loading.
1,2

 Studies were 

further extended to 3D woven composites
3
 

which showed similar shear band failure modes 

at high rates. It was also shown that at static 

rates vs. dynamic rates failure occurred 

differently in these materials with diffused 

microcracking at low rates and shear failure at 

high rates.
4
 Elevated rate tests show that a shear 

band typically formed in the material causing 

shear failure of the fiber tows. The angle of the 

band associated with shear failure has also been 

investigated previously to determine the 

effective failure envelope that can be formed.
5
 

In this experimental investigation, static 

through-the-thickness mechanical properties of 

different types of 2D and 3D woven composites 

are determined through numerous different 

compressive test methods. One such 

modification to the through-the-thickness 

compression tests is the confinement of one of 

the directions to prevent Poisson’s effect from 

occurring. This additional confinement produces 

similar fracture to what is seen under ballistic 

loading conditions.  The failure that is formed in 

the material produces a clear shear band which 

locally produces a combination of compressive 

and shear stresses,  the results of which can be 

used to create a failure envelope that will help in 

understanding how these materials behave under 

various combinations of load. 

2 Method 

 A standard compression test has been 

modified by adding confinement in one of the 

transverse directions. This prevents poisson’s effect 

from happening. The fixture will cause a shear plane 

to form in the specimen. The failure surface looks 

like that seen in figure 1. The failure can then be 

broken down into normal and shear components 

through the use of Mohr’s circle. These components 

can then be used to help understand the failure and 

predict the onset of failure in computational 

modeling.  

 

 

Figure 1 Failure on surface of material 

CRUSH RESPONSE OF 2D AND 3D HYBRID WOVEN 

COMPOSITES 
 

M. Pankow
1
*, A.M. Waas

2,  
C.F. Yen

3
 

1
 North Carolina State University, Raleigh, NC, 

2
 University of Michigan, Ann Arbor, MI, 

3
 

Army Research Laboratory, Aberdeen, MI  
* Corresponding author ( mrpankow@ncsu.edu ) 

 

Keywords: Failure, Hybrid, Shear  

ICCM19 2142

mailto:mrpankow@ncsu.edu


3 Materials 

 Many different materials were tested of 2D 

woven layups along with 3D Woven preforms. A 

configuration of pure glass along with hybrid 

configurations where carbon layers are added, and 

unsymmetric and symmetric configurations have 

been investigated. Samples were made using a 

VARTM process and were infused with SC-15 

matrix material.  

4 Results 

 Samples were tested and some values have 

been reported in table 1 showing the nominal stress. 

The results show that there is degradation in 

performance by adding the different layers of carbon 

to the material. The functionally graded material 

showed a further degradation in performance.  

Table 1 Nominal Stress Values 

 Nominal 

Stress 

(ksi) 

Standard 

Deviation 

(ksi) 

Nominal 

Values 

3D Glass 93 3.9 1 

3D 

UnSymmetric 

79.1 4.4 0.85 

3D 

Symmetric 

84.4 1.9 0.91 

Functionally 

Graded 

66.6 4.2 0.72 

 The samples were then examined and 

the failure angles were measured to determine 

effective components in the material systems. 

Table 2 shows the effective angles along with 

the nominal stress and shear stress associated 

for each of the configurations. The functionally 

graded material never failed with a shear band, 

therefore these values can not be reported. The 

carbon layers did not show clear shear banding, 

rather it was confined to the glass layers in the 

material. 2D preforms are still undergoing 

testing.  

Table 2 Component Stress Values 

 Shear 

Angle 

(deg) 

Normal 

Stress 

(ksi) 

Shear 

Stress 

(ksi) 

3D Glass 37.5 66 41 

3D 

UnSymmetric 

45.3 39 39 

3D 

Symmetric 

39 51 41 

Functionally 

Graded 

N/A N/A N/A 

5 Conclusions 

 Through-the-thickness confined 

compression test results revealed some interesting 

trends in the failure mode of hybridized 3D woven 

composites. The hybridized fiber architectures show 

significant effect on the measured nominal failure 

response of these materials. In the symmetric and 

unsymmetric hybrid materials we get similar failure 

modes all occurring in the glass layer which is the 

weakest layer from individual testing. The 

functionally graded material does not have a clear 

transition in materials, rather each layer has mixture 

of tow (carbon and glass) that the interaction of 

those tows has localized the fiber/matrix failure, and 

preventing the formation of a major shear band.  
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Abstract 

A simulation methodology is proposed which 
combines linear elastic analyses of large scale 
laminated composite structures and nonlinear unit 
cell predictions to account for local nonlinear material 
behavior at the ply level. In a two-step procedure 
nonlinear unit cell simulations are conducted first. 
The results can then be used to draw “energy 
dissipation envelopes” in stress and strain space and 
to perform post-processing on linear large scale 
structural analyses. Based on the concept of energy 
dissipation monitoring, the macroscopic material 
point exertion is assessed. The methodology is 
demonstrated using a generic nacelle structure built 
from laminated textile composites. 

1 Introduction  

Fiber reinforced polymers are increasingly used when 
designing high performance and lightweight 
structures. In this context, carbon/epoxy laminates 
comprising several layers of continuous 
unidirectional (UD) fibers and textile prepregs, 
respectively, are especially important due to their 
exceptional mechanical properties. Such laminates 

offer high specific stiffness combined with high 
specific strength and provide the possibility of 
tailoring the composite properties as required by the 
prevailing loading of the structure. However, the 
intrinsic complexity of the microstructure and the 
accompanying anisotropic nature of continuous fiber 
reinforced materials lead to considerable difficulties 
when designing (textile) composite parts.  
Dealing with laminated composites implies to 
distinguish between different length scales, Fig. 1. 
The scale of the fibers (microscale) represents one 
end of the considered scales. Here, the behavior of the 
fibers, the matrix, and the fiber/matrix interaction are 
considered. The other end of the considered length 
scales is defined by the size of the considered macro 
structure (macroscale) and involves the macroscopic 
loading and boundary conditions. Depending on the 
specific problem there might be one or more 
intermediate lengths scales often denoted as 
mesoscale. A typical example of such an intermediate 
length scale is the laminate scale, which incorporates 
the interaction of individual plies. Here, the classical 
lamination theory or layered shell formulations are 
commonly applied. In case of textile laminates a 
further intermediate length scale can be introduced 
accounting for the textile architecture. In the 
following, the term mesoscale will exclusively 
address this textile scale. Effects present at each of 
these length scales influence the performance of the 
laminate and, hence, have to be accounted for in some 
way.   
In industry, a common approach to deal with 
laminated composites is using apparent or effective 
linear elastic properties of the plies or laminates 
(applying lamination theory) in combination with 
empirical or phenomenological based failure criteria. 
These criteria, generally termed as first ply failure 
(FPF) criteria, use the acting stresses and strains, 
respectively, see e.g. [1, 2], to reveal the loading state 
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which is supposed to induce the “first” failure at ply 
level. Implicitly, they assume linear elastic material 
behavior. They do not account for any material 
degradation and cannot give any information on what 
is happening after this first ply failure. Moreover, in 
real composite parts, occurrence of first ply failure 
does not necessarily lead to the ultimate failure of the 
whole structure, it merely initiates nonlinear 
mechanisms within the composite. Clearly, it would 
be of interest to obtain more information about the 
characteristics of the response beyond the elastic 
limit, i.e. the FPF, such as whether there is hardening 
or softening and whether or not there is some 
“strength reserve”. 
This information may be gained by conducting 
detailed nonlinear simulations accounting for 
different damage and failure modes, like material 
degradation, plasticity, delamination, etc. In 
combination with numerical solution schemes, e.g. 
the Finite Element Method (FEM), moderately sized 
macroscale, nonlinear analyses can be performed (at 
least to some extent), which also account for stress 
redistribution due to the nonlinear material behavior.  
Even though this approach is widespread in academic 
and research institutions, see e.g. [3, 4], the 
accompanying computational demands prevent its 
applicability for large scale structures in industrial 
practice. This restriction is especially true if textile 
layers are present within the laminate as the complex 
microstructure requires highly refined meshes further 
heightening the computational requirements. In most 
cases detailed investigations of textile laminates are 
restricted to the nonlinear behavior at the mesoscale. 
Such problems can be tackled using numerical 
homogenization tools like unit cell approaches [5]. 
Recently, some research groups have been working 
on computational homogenization techniques 
bridging the lengths scales by concurrent nonlinear 
simulations of unit-cells and macroscale structures [6, 
7]. However, these strategies are still restricted to 
research type problems due to their vast 
computational requirements. 
The aim of the current paper is to combine detailed 
nonlinear predictions and simple linear elastic, large 
scale simulations, without direct coupling. This way 
the predictive capabilities of the linear elastic 
simulations can be extended. In this context a central 
question arises, namely, “what are appropriate 
quantities to assess the nonlinear effects of an 
anisotropic material?” A scalar quantity would be 
advantageous compared to the tensor valued stress 
and strain fields and their nonlinear evolution. The 
von Mises equivalent stress, commonly used with 

isotropic materials, cannot be used due to the present 
anisotropy. Here, the dissipated energies associated 
with the individual nonlinear (but dissipative) 
mechanisms will be used. In the following the 
proposed methodology will be denoted as energy 
dissipation monitoring concept. 
The approach will be demonstrated for a generic 
nacelle structure built from textile laminates. First, at 
mesolevel, the evolution of the damage and plasticity 
modes are computed for “all” possible effective 
loading states based on unit cell considerations of a 
single woven ply using the energy dissipation 
monitoring concept. The respective results are stored 
in a database and energy dissipation envelopes are 
computed. In a second step, this information is 
employed at the structural scale to assess a given 
loading situation. 

2 Energy Dissipation Monitoring Concept 

The failure surfaces of fiber reinforced composites 
found in the literature are typically based on FPF 
criteria. These criteria use the stresses and strains, 
respectively, of the acting loading state to compute a 
scalar value which is interpreted as some risk or load 
factor. As FPF criteria are based on linear elasticity, 
these scalar measures cannot be used directly to 
assess the current material state within the nonlinear 
regime. However, such criteria are commonly used 
within continuum damage mechanics to predict 
damage onset. The respective damage models provide 
information on the accompanying dissipated energy – 
an accumulated scalar quantity – readily available to 
assess the current loading state, see Fig. 2. The same 
ideas can be applied to evaluate the loading state with 
respect to nonlinear plastic response based on the 
dissipated energy accrued within the applied 
plasticity models. This allows for a distinct 
interpretation of the nonlinear mechanisms, e.g. 
damage, plasticity, but also delamination, and lays the 

 
Fig. 2. Uniaxial stress-strain curves of systems 
featuring either damage (left) or plasticity (right) as 
the only source of nonlinearity. The dissipated energy 
densities are shaded as well as crosshatched and the 
corresponding recoverable strain energy density is 
hatched. 
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foundation for the proposed evaluation concept. The 
phenomena can be assessed individually and the 
sequence of their occurrence and the progression 
upon load increase results naturally. Moreover, 
energy quantities are straightforward to be extracted 
from FEM simulations.  
The proposed technique is applied at the mesoscale 
(in the case of laminated textile composites) as this 
length scale predominantly defines the nonlinear 
response of such material systems. To this end, 
nonlinear Finite Element simulations of respective 
unit cells are conducted and the evolution of the 
dissipated energies is monitored. To use the obtained 
data at the macroscale, the evolution data of the whole 
space of possible macroscopic local stress and strain 
states has to be provided. This implies that no direct 
coupling between the macro- and mesoscale appears. 
Hence, a fair number of radial load paths (effective 
stress and strain paths, respectively) are simulated at 
the mesoscale. The distribution of these paths is such 
that the whole (plane) stress space is covered 
homogeneously with a sufficiently fine resolution. In 
subsequent steps, the results of such computations 
may be used to incorporate non-uniform distributions 
better suited for the current problem. Based on these 
distinguished load cases, for each macroscopic 
loading state (local stress or strain tensor) the 
associated mesoscopic energy dissipation can be 
computed by interpolation between the data points. 
To get a dimensionless measure the dissipated 
energies, 𝑊𝑊, are normalized using the current total 
energy of the system as 

𝑝𝑝i(𝑡𝑡) = 𝑊𝑊i(𝑡𝑡)
𝑊𝑊tot(𝑡𝑡)  ,    𝑖𝑖 ∈ {pla, dam, …}  (1) 

with, 𝑡𝑡 denoting the (pseudo) simulation time which 
is associated with the load magnitude. The index 𝑖𝑖 
indicates the considered damage or plasticity mode. 
The total energy, 𝑊𝑊tot, is the sum of the dissipated 
energies associated with damage, 𝑊𝑊dam  and 
plasticity, 𝑊𝑊pla, as well as the elastic strain energy. 
Note that “artificial” energy contributions associated 
with the numerical solution procedure, like energy 
dissipated by the viscous regularization technique, are 
not to be included in the total energy. Once any of the 
ratios defined by Eq. (1) becomes nonzero, onset of 
the particular mechanism is detected. As such onset 
resembles the application of a classical FPF criterion 
in terms of the damage mechanism and of a yield 
criterion in terms of plasticity theory, respectively.  
The “energy dissipation evolution data” with 
corresponding stress and strain states is stored in a 
database and can be used in two ways. First, “energy 

dissipation envelopes” in stress space can be drawn 
corresponding to arbitrary dissipation energy levels, 
e.g. for the initiation of the individual mechanisms 
and for various relative energies. Meaningful values 
of the latter may be defined from simulations of 
selected load cases (and, preferably, accompanying 
experiments). This way, an overview is given over 
directional sensitivity, damage evolution gradient, 
“strength reserve”, sensitivity to overloads, etc.  
Second, the data can be utilized in an automated way, 
for which the predicted stress from the FEM analysis 
at a certain location of the large structure is used as 
input. Checking all locations while applying the 
energy dissipation evolution data gives information 
on critical spots and activated nonlinear mechanisms 
as well as their evolution and progress. 
Since some hundred nonlinear simulations are 
necessary to compute reasonable refined envelopes, 
an efficient modeling and simulation strategy is 
essential. However, once determined, they can be 
used for arbitrary large structures comprising the 
same textile ply. Of course, different material systems 
dictate different data sets. Interpolation between such 
different data sets may be reasonable to minimize the 
number of required precomputed material system. 
In case of laminates with reasonable thin layers, the 
proposed approach featuring a three dimensional 
loading space (plane stress and strain space, 
respectively) is sufficiently accurate.  This implies 
that occurring macroscopic bending and twisting 
loads are translated into respective layer-wise 
membrane normal and shear loads, cf. classical 
lamination theory. If thick layers are considered, i.e. 
high gradients in thickness direction might appear, 
the energy dissipation monitoring concept can be 
enriched to cope with mesoscopic bending and 
twisting. Internally, this leads to a six dimensional 
loading space and therefore, more mesoscopic 
nonlinear simulations are necessary to accurately 
capture the effective loading space.  
For both types (thin and thick layers), single ply unit 
cells are sufficient for most cases. Nevertheless, 
whole-laminate unit cells can be used to include 
further damage modes like delamination between the 
individual layers. As bending and twisting might be 
important, a six dimensional approach is highly 
recommended for whole-laminate unit cells. Of 
course, such whole laminate approaches require 
substantially more computational demands and 
therefore, may be restricted to simple unit cell 
geometries. 
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2.1 Radial stress vs. radial strain loading 

The proposed approach is based on the stipulation 
that the stress components increase proportionally 
within the unit cell – as well as at the considered 
location in the structure. In the linear regime this 
assumption holds true and for slightly nonlinear 
stress-strain responses it is approximated reasonably 
well. However, for pronounced nonlinear stress-
strain behavior (which may set in at elevated loads) 
predictions maybe expected to suffer from 
inaccuracy. Moreover, stress redistribution would 
occur in the macroscale model which cannot be 
accounted for by the present approach – the 
macroscopic simulations remain of linear type. To 
improve the predictive capabilities in such cases, the 
methodology is equivalently carried out under radial 
stress and strain loading of the unit cell. The 
respective strain paths are computed using the 
previously defined stress paths and the initial 
elasticity tensor. For the linear elastic case this 
mapping is exact. Thus, stress and strain controlled 
simulations give the same result before the onset of 
nonlinear mechanisms in the unit cell. Beyond the 
elastic limit the response due to strain controlled 
loading will deviate from the stress controlled one. 
Since stresses, as well as their strain equivalents, are 
based on linear elastic considerations, one cannot tell 
which loading scenario is the more realistic case. 
However, they are expected to state some upper and 
lower estimates on the possible behavior. 
Additionally, mildly deviating responses indicate that 
the assumptions are met in an approximate way. To 
visualize these estimates a simple one dimensional 
example is used. Figure 3 shows a respective stress-
strain curve and corresponding evolutions of the 
energy ratios. In this particular case (1D problem) the 

stress and strain controlled loading leads to exactly 
the same results (black solid line). The plot further 
shows the evolution of dissipated energies associated 
with damage (solid, cyan) and plasticity (dashed, 
cyan). The mapping of the linear macroscale results 
to the nonlinear mesoscopic ones follows the 
underlying loading strategies. Stress controlled load 
cases are evaluated at equal stress level (triangle and 
cross symbols) whereas strain controlled cases issue 
an equal strain assumption (plus symbol). As already 
stated the resulting energy ratios can be treated as 
some upper and lower estimates. A third mapping 
technique assumes equal total energy at both length 
scale (hatched and shaded areas). This result (circle) 
typically resides between the former two and can be 
treated as an additional predictor of the currently 
acting nonlinear state. 
For locations identified as critical by the proposed 
approach and for which results appear doubtful, a 
sub-modeling technique could be applied. 

3 Application example 

To demonstrate the usage of the energy dissipation 
monitoring concept a nacelle structure built from a 
woven laminate will be used. The first step is to 
compute the energy dissipation evolution dataset for 
the applied ply. To this end, a unit cell is set up within 
the FEM framework as described in the following 
section. The second step will deal with the simulation 
of the macroscopic structure, i.e. the nacelle part and 
the application of the energy dissipation evolution 
data. 
All FEM simulations are carried out using the 
commercial solver Abaqus Standard 6.12 (Dassault 
Systèmes Simulia Corp., Providence, RI, USA), a 
Matlab 2013a (The MathWorks, Inc., Natick, 
Massachusetts, United States) script and several 
accompanying Python scripts. 

3.1 Composite: Twill weave 

The material system under consideration is a 2/2 
carbon/epoxy Twill weave. The investigated 
(incorporated) nonlinear mechanisms are damage of 
the tows and yielding of the unreinforced matrix 
pockets. Since the computation of energy dissipation 
envelopes requires multiple nonlinear (implicit) 
simulations an efficient modeling and simulation 
strategy should be aimed at. In the present study a 
shell element based unit cell approach is applied 
which has been shown to be highly efficient in terms 
of computational performance and in obtaining 
accurate results at the same time [8]. Within this 
approach, all constituents are modeled using shell 

 
Fig. 3. Sketch of a nonlinear stress-strain curve in a 
one dimensional example, and corresponding 
evolutions of the dissipated energy ratios. The 
triangle and cross indicate the energy ratio based on 
(radial) stress evaluation, the plus denotes the (radial) 
strain one. The circle corresponds to the equal energy 
strategy. 
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elements only. A single layer unit cell is issued to 
further speed up the computation. 
 
Geometry and mesh. The geometry of the 
considered weave is chosen to feature tows with a 
rectangular cross section and a piecewise linear 
ondulation path. Figure 4 shows a sketch of the model 
weave including the dimensions (in mm).  
The reference surfaces of the shell elements are 
meshed by 4-noded shell elements with linear 
interpolation functions featuring a typical element 
size of 1/14th of the tow width. In thickness direction 
a Simpson scheme with five section points is used. 
The individual shell elements are tied appropriately, 
representing perfect interfaces, i.e. no delamination is 
permitted. At the unit cell lateral boundaries the nodes 
are coupled appropriately to achieve plane periodic 
boundary conditions [9]. This way, the unit cell 
represents a macroscopic infinite sheet of 
heterogeneous material with plane stress boundary 
conditions in thickness direction. A detailed 
description of the unit cell including the couplings 
and periodic boundary conditions can be found in [8].  
 
Applied material models. Within the shell element 
based modeling strategy, the tows are treated as strips 
of unidirectional fiber reinforced polymer (FRP) 
featuring transversely isotropic elasto-brittle 
behavior. The applied FRP damage model is readily 
available in Abaqus/Standard v6.12 [10] and is based 
on a Hashin criterion to assess damage initiation [11] 
accompanied by linear strain softening for both fiber 
and matrix dominated phenomena. The elements of 
the unreinforced matrix pockets are equipped with an 

elastic-perfect plastic isotropic material featuring a 
Drucker-Prager type plasticity model. A circular 
shaped yield surface in the deviatoric plane and 
associated flow are assumed. Table 1 lists the 
material properties for the tows as well as matrix 
pockets. The tow data was chosen according to [12] 
and the matrix data was obtained from the supplier 
data sheet [13].  

3.2 Macroscale structure: nacelle part 

The considered macroscopic generic structure 
represents a part of some nacelle as might be present 
in an aircraft engine. Figure 5 shows an isometric 
view of the whole part. The applied laminate 
comprises 13 layers of a 2/2 carbon/epoxy Twill 
weave as defined in the previous section with a 
stacking sequence of [03 452⁄ 03���⁄ ]𝑆𝑆 , see Fig. 6. 
Here, 0° (direction of the warp yarns) corresponds to 
the axial direction of the structure. For simplicity 
reasons a constant layup is used throughout the whole 
structure.  
Due to the symmetry of the structure, loading as well 
as material, only a sixth of the whole part has to be 
simulated. The respective sector is meshed using 
quadratic shell elements with reduced integration and 
a layered shell formulation. In thickness direction 3 
section points per layer are used. (Simpson scheme). 
The required effective material data for the individual 
layers is computed based on a unit cell 
characterization of the chosen material system. 

Tab. 1. Material data for the tows and matrix pockets of the carbon/epoxy weave (unit cell) [12, 13], values 
indicated by * are estimated by the author. 

Tows (60% fiber volume fraction)  Matrix pockets 

𝐸𝐸1 𝐸𝐸2 = 𝐸𝐸3  𝜈𝜈12 = 𝜈𝜈13 𝜈𝜈23  𝐺𝐺12 = 𝐺𝐺13   𝐸𝐸Matrix 𝜈𝜈Matrix 
146 GPa 9 GPa 0.34 0.61 4.27 GPa  3.52 GPa 0.37 

𝑅𝑅11t  𝑅𝑅11c  𝑅𝑅22t  𝑅𝑅22c  𝑅𝑅12  𝜎𝜎𝑦𝑦t  Friction angle* 
Dilation angle* 

2100 MPa 1407 MPa 82 MPa 249 MPa 110 MPa  81.4 MPa 25° 
 

 
Fig. 4. Cross section of the 2/2 Twill weave showing 
the piecewise linear ondulation path, rectangular tow 
cross sections (hatched), and matrix pockets (shaded) 
with dimensions in mm. 

 
Fig. 5. Isometric view of the macroscopic nacelle 
structure. 
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Loading conditions. The macroscopic boundary 
conditions simulate an artificial load case of a 
variable pull pressure. The axial sides of the nacelle 
are constraint by neighboring parts and the rear part 
(tapered surface) is subjected to an axisymmetric 
pressure load featuring a cosine based distribution as 
sketched in Fig. 7. The average pull per mm 
circumference is assumed to be 45 MPa. 

4 Results 

First of all, two double layer versions of the unit cell, 
in-phase and out-of-phase stacked, are used to 
compute the effective linear elastic properties of the 
chosen material system. To this end six independent 
load cases are prescribed and the respective responses 
are taken to homogenize the weave. The influence of 
adjacent layers is represented by taking the average of 
in-phase and out-of-phase stacking results. These are 
commonly referred to as some sort of lower and upper 
estimate. Table 2 lists the resulting engineering 
constants to be used with the large scale simulations. 

4.1 Energy Dissipation envelopes 

Using the master node concept [14] the required 
(radial) loading states are applied to the unit cell. As 
an effective orthotropic material symmetry is 

expected, only one fourth of the investigated stress, 
and strain space, respectively, has to be simulated. In 
total 81 different plane stress states, and 81 strain 
states (linear elastic equivalent, see Sec. 2.1) are 
simulated. Using the strategy defined in Sec. 2 the 
evolution of the individual energy ratios is extracted 
for each radial load path and the resulting energy 
dissipation evolution data is stored appropriately.   
Initiation surfaces, i.e. FPF and yield envelopes, for 
the textile layer can be directly obtained by evaluation 
of the energy dissipation evolution fields for a very 
low energy ratio. Figure 8 shows the respective 
surfaces for a ratio of 0.00001 in the plane stress 
space. These surfaces are based on the radial stress 
simulation data, however, as the FPF denote the 
elastic limit, the radial strain based surfaces coincide 
perfectly. Of course, this “identity” is only valid for 
the initiation surfaces. Such FPF surfaces can be 
directly used at macroscale simulations to assess the 
currently acting stress and strain state, respectively. 
Moreover, a visualization in the mesoscopic effective 
stress and strain space, respectively, helps to 
understand directional sensitivity of the considered 
meso-structure, see Fig. 8. 
To obtain these failure surfaces, linear elastic 
simulations would have been sufficient, however, the 
main focus is laid on the nonlinear regime. To this 
end, additional surfaces of equal dissipated energy 
ratio can be evaluated to highlight the load factor 
sensitivity of the particular loading direction, i.e. 
what’s happening if the load is increased 
proportionally. Figure 9 gives the evolution of the 
energy dissipation envelopes with respect to ply 
damage for radial stress loading in the 𝜎𝜎𝑥𝑥𝑥𝑥 − 𝜎𝜎𝑦𝑦𝑦𝑦 sub-
space. It is clearly visible that upon damage initiation 
compressive stresses are much more severe in terms 
of damage progression than tensile stresses. Similar 
to this, Fig. 10 shows the energy dissipation 
envelopes with respect to matrix plasticity for 
different energy ratios based on radial stress loading. 

 
Fig. 7. Sketch of the applied boundary conditions on 
the nacelle structure. 

 
Fig. 8. Stress envelopes of a 2/2 Twill weave showing 
damage (red) and yield (blue) initiation surfaces due 
to radial stress loading. 

Tab. 2. Effective single ply material data of the 2/2 
Twill weave (structural scale).  

𝐸𝐸𝑥𝑥 𝐸𝐸𝑦𝑦 𝜈𝜈𝑥𝑥𝑦𝑦 𝐺𝐺𝑥𝑥𝑦𝑦 𝐺𝐺𝑥𝑥𝑥𝑥 𝐺𝐺𝑦𝑦𝑥𝑥 
47 GPa 47 GPa 0.1 29 GPa 46 GPa 46 GPa 

 

 
Fig. 6. Composite layup of the nacelle part 
comprising 13 layers of Twill weave. 
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Again, the compressive loading regime can be 
considered as more critical with respect to load 
increase. Note that, due to the applied material 
models, plasticity only appears in the rather small 
areas of unreinforced matrix pockets. The fiber 
bundles – shown to possess plastic behavior [15] – are 
assumed to remain elastic throughout the whole 
simulation and therefore, the amount of dissipated 
plastic energy may be under-predicted here. To cope 
with this problem, more advanced ply material 
models have to be used, cf. [16]. 

4.2 Demonstrator example 

To apply the proposed concept at the macroscale, a 
user subroutine capable of employing the previously 
defined data is implemented in Abaqus/Standard. 
With this tool, the energy dissipation envelopes can 
be used during post-processing like conventional FPF 
criteria indicating the reserve factor or safety factor 
with respect to the current loading step. Figure 11 
shows a contour plot of the reserve factor against FPF 
(i.e. damage onset) of the nacelle sector subjected to 
the prescribed pull load. This plot identifies the inner 
surface at the axial quadrant of the slotted hole to be 
the most critical location in terms of ply damage. A 
similar evaluation giving the reserve factor with 
respect to yield initiation can be conducted as well. 
To evaluate the severity and sensitivity of a particular 
macroscopic, local loading state the information 
regarding the nonlinear evolution of the individual 

damage and failure modes stored in the energy 
dissipation evolution database is used.  
Figure 12 shows the predicted evolution of the 
dissipated energy ratio associated with ply damage 
for the critical location with respect to the load factor. 
The black solid line represents the response for a 
radial stress based loading, whereas the cyan solid 
line is linked with the corresponding radial strain 
based loading. The dashed lines denote the equal 
energy evaluation strategies. Additionally, the load 
factor leading to damage initiation (dam Init) is 
marked with a circle and the load factor associated 
with the first occurrence of a nonlinear mechanism 
(NL Init) is indicated with a cross. The latter is 
defined as the minimum of the initiation load factors 
associated with damage and plasticity. The good 
agreement of the two equal energy lines indicate that 
the structural response of the unit cell subjected to 
radial stress based loading strongly resembles the 
response of the corresponding radial strain based 
loading for the particular macroscopic local loading 
state. Figure 13 gives the same type of information 
for the dissipated energy ratios associated with matrix 
plasticity. 
Following Fig. 12, the applied macroscopic loading 
state results in local stresses which are beyond the 
first ply failure of the textile composite. However, the 
amount of dissipated energy at load factor one and the 
rather moderate increase of the progression curve 
suggest, that the laminate might sustain further load 
increase. Until a load factor of two, the energy 

 
Fig. 9. Energy dissipation envelope in the 𝜎𝜎𝑥𝑥𝑥𝑥 − 𝜎𝜎𝑦𝑦𝑦𝑦 
sub-space indicating different levels (in percent) of 
dissipated energy ratios associated with ply damage 
(radial stress loading). 

 
Fig. 10. Energy dissipation envelope in the 𝜎𝜎𝑥𝑥𝑥𝑥 − 𝜎𝜎𝑦𝑦𝑦𝑦 
sub-space indicating different levels (in percent) of 
dissipated energy ratios associated with matrix 
plasticity (radial stress loading). 

7  

ICCM19 2151



dissipated due to damage is below 4.5% and 2%, 
respectively. Note that the more critical state, the 
radial strain based curve (cyan line), only represents 
some upper estimate.  
The development of dissipated energy associated 
with matrix plasticity (Fig. 13) reveals that the yield 
criteria has been met at about 50 percent of the 
particular loading conditions. The steady (non-
sensitive) trend following this initiation clearly shows 
that the associated nonlinearity plays a negligible role 
until load factors beyond one. The rather sharp 
increase of the dissipated energy at elevated load 
factors suggests that despite the early initiation, this 
mechanism actually starts acting at higher loads. If 
the energy fractions are compared quantitatively with 
the ones attributed to tow damage, matrix pocket 
plasticity may be considered as less dominant for the 
acting loading state. Note again, the applied tow 
material model does not account for matrix plasticity, 
thus, the amount the respective dissipated energy 
might be under estimated here. 

As the sensitivity of the critical loading state is not 
obvious for all locations, the question may rise if 
another structural location gets more critical during 
load increase. This can be answered by assessing the 
predicted macroscopic stress fields not only using the 
already proposed initiation surfaces, but using 
additional “post-initiation” surfaces associated with a 
certain amount of dissipated energy. The latter 
immediately indicates whether the critical point 
remains the same, or other locations have to be 
assessed as well. Of course, one has to be aware that 
nonlinear effects like stress redistribution, are not 
included in the macroscale simulations, hence the 
considerations should remain in a mild nonlinear 
regime. 

5. Summary 

A simulation methodology is proposed which 
combines nonlinear unit cell simulations accounting 
for local nonlinear material behavior at the ply level 
and linear elastic analyses of large composite 
structures. The evolution of dissipative mechanisms 
in plies is predicted by unit cells and the dissipated 
energies of the individual damage, plasticity and 
failure mechanisms are computed. The results can be 
used to draw “energy dissipation envelopes” and to 
perform post-processing on structural analyses. The 
methodology is demonstrated using an artificial 
nacelle structure comprising multiple textile layers. 
The utilization of these ideas for other materials with 
(complex) nonlinear behavior seems to be feasible 
and fairly straightforward. 

 

 

 
Fig. 11. Contour plot of the predicted reserve factor 
at the inner shell surface (corresponds to the critical 
location) against damage initiation of the nacelle 
sector. 

 
Fig. 12. Predicted evolution of the dissipated energy 
ratios associated with ply damage due to radial stress, 
and strain loading, respectively, at the critical location 
(𝜎𝜎�𝑇𝑇 = [−13.1 148.1 1.3] MPa). 

 
Fig. 13. Predicted evolution of the dissipated energy 
ratios associated with matrix plasticity due to radial 
stress, and strain loading, respectively, at the critical 
location (𝜎𝜎�𝑇𝑇 = [−13.1 148.1 1.3] MPa). 
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1 Abstract 
This paper introduces spring-in characteristics of 
composites with glass fiber fabric reinforcement. 
These composites become more important for 
automotive lightweight parts. After heating over 
melting temperature they are formable several times 
but forming processes can lead to distortions like 
spring-in or spring-back. They depend on a wide 
variety of process parameters, like geometry, 
pressure, velocity, process temperature and friction. 
These parameters influence the interply-slip, the 
primary deformation mode for bending of 
multilayered sheets. Furthermore they lead to 
different cooling behavior. Fiber reinforced 
thermoplastic have anisotropic thermal expansion 
coefficients. Varying process temperatures influence 
the resulting bending angle due to this anisotropy. 
The distortions may cause problems during 
assembly. For this, the influence of named 
parameters on spring-in behavior was analyzed with 
a die bending test. The friction between metal tools 
and composites were investigated with a separated 
model test. 
The test results show that the spring-in behavior as 
well as the friction behavior is complex. The 
influence of pressure and tool temperature on 
resulting bending angles seems to be nearly linear. 
But varying the velocity of the punch leads to 
increasing or decreasing bending angles. It depends 
on the bending radii. 
The friction test results show that the different 
process parameters influence each other. If the tools 
are heated to 50 °C, increasing velocities result in 
increasing friction coefficients. But heating the tools 
to 150 °C leads to decreasing friction coefficients 
with increasing velocities for example.  
 
 

2 Introduction  

With the focus on fast and cost efficient production 
methods for automotive lightweight parts, fiber 
reinforced thermoplastics become more important 
and replaces reinforced thermosets. After heating 
over melting temperature they are formable several 
times. This enables to use semi-finished products in 
the form of pre-consolidated sheets. They can be 
reheated and processed using known stamping 
methods with suitable modifications. 
Manufacturing processes can lead to distortions like 
spring-in due to anisotropic material properties. 
Those shape distortions may cause problems during 
assembly, if the resulting dimensions differ too 
much from their specified values [1]. 
Spring-in depends on a wide variety of process 
parameters, like geometry, pressure, velocity and 
process temperature. Friction also plays an important 
role in forming processes of thermoplastic laminates 
[2]. It occurs wherever the laminate is in contact 
with another surface, such as the die or the blank-
holder [3]. For this, friction influences the amount of 
stress that is lead into the fiber-reinforced 
thermoplastic. This can help to reduce wrinkling, as 
well as to cause unwanted distortions. 
In this work the influence of different parameters on 
spring-in was analyzed with a die bending test to 
derive suggestions for tool and process 
modifications. The friction between composites and 
metal tools are mainly influenced by the process 
parameters temperature, normal pressure and sliding 
velocity [4] [5]. This behavior was analyzed with a 
separate test model and its results were integrated in 
the interpretation of the die bending test results. 
The investigated material is a glass fiber reinforced 
polyamide-66 with three layers of twill fabric. 
Polyamide-6 and polyamide-66 are frequently used 
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matrix materials for automotive parts made of 
composite sheets. 
Many studies [2, 4, 5, 6, 10-15] of the frictional 
behavior, interply as well as tool-ply, and 
manufacturing distortions focused on 
glass/polypropylene composites. 
The experiments that are investigated in this work 
are based on glass/polyamide composites to obtain 
quantitative results for this material. Afterwards 
qualitative test results are compared to the findings 
of other authors studying glass/polypropylene 
composites. 
Assuming that inter-ply friction or rather interply-
slip is one of the main factors when bending 
multilayered reinforced plastics, this work focuses 
on the temperature dependency of this mechanism as 
a reason of increasing or decreasing viscosity values. 
In Addition, cooling behavior of the material was 
recorded for different tool temperatures during the 
tests. 
 
3 Spring-in and friction characteristics 

Residual stresses in reinforced thermoplastics after 
manufacturing process can lead to unwanted shape 
distortions. When forming a sheet to a single curve 
the residual bending angle can differ from the 
nominal angle of the mould (Fig.1).  
Salomi et al. [6] and Han et al. [1] propose an 
analytical equation (1) to predict the residual 
bending angle after forming. It is based on the 
assumption that shape distortion depends on the 
thermal contraction during cooling the material from 
forming temperature to room temperature due to 
anisotropic thermal coefficients. This equation is a 
simplification of those introduced by Radford [7] 
that also considers the chemical reaction of 
thermoset matrices. 
 

  Δθ =
�����	
�����
��

���	��
 (1)  

 
∆θ is the spring-in angle; θ is the mould angle; αl is 
the longitudinal coefficient of thermal expansion 
(CTE); αt is the through-thickness coefficient of 
thermal expansion; ∆T is the change in temperature. 
The coefficients of thermal expansions polyamide-
66 and e-glass are reported in table 1. 
Salomi et al. [6] and Lee et al. [8] assume that the 

in-plane CTE is dominated by the fiber 
reinforcement and the through-thickness CTE is 
dominated by the matrix system. According to this 
assumption the values in table 1 show that the 
through-thickness coefficient of the composite has to 
be much higher than the in-plane coefficient. For 
this, equation (1) would always result in decreasing 
bending angles (-) (Fig.1). This effect is called 
spring-in. 
[6] shows a significant deviation of experimental 
results and theoretical calculation of resulting 
bending angles. For this reason, there has to be more 
factors of influence. Authors modified the equation 
to account for CTE variations at the corner due to 
fibers wrinkling and inhomogeneous fibers 
distribution and got a better fit of experimental 
results. Further factors of influence for spring-in 
characteristics and deviations between theoretical 
and test results could be tool-part interactions, 
crystallization behavior or dwelltime for example. 
They account for stress increase or relaxation during 
the process. 
First experimental results of the die bending test of 
this work also show decreasing bending angles 
(spring-in) but additionally increasing bending 
angles (spring-forward) while varying process 
parameters. 
As mentioned before, spring-forward effect that is 
defined as a‘positive angular deviation’ (+) (Fig.1) 
cannot be described by equation (1). 
In spite of this, the spring-forward phenomenon will 
also lead back to temperature dependencies due to 
their influence to the forming mechanisms of 
thermoplastic composites. The most important ones 
are interply-slip and shear deformation of woven 
fabrics. Interply-slip is the primary deformation 
mode for bending of multilayered sheets (Fig.1) [9]. 
If the polymer matrix cools down below its molding 
temperature, interply-slip is suppressed (completely 
or separately). Resulting tensile stresses at the 
outside radius of the formed sheet cause ‘positive 
angular deviation’ (+). 
Friction between separated layers of a sheet also 
affects interplay-slip. Many authors refer to Stribeck 
curve (Fig.2) to explain this effect. This curve 
describes the amount of friction forces plotted 
against the Hersey number (2) in case of 
hydrodynamic lubrication.   
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�
 (2) 

 
The Hersey number (H) considers the influence of 
viscosity (η), sliding velocity (U) and normal 
pressure (N) on liquid film thickness or the amount 
of melted polymer between several layers, 
respectively. 
According to the Hersey number friction forces are 
proportional to matrix viscosity and sliding velocity 
and inversely proportional to normal pressure. 
Matrix viscosity in turn is also dependent on sliding 
velocity and actual matrix temperature. 
For this reason spring-in characteristics of fiber 
reinforced thermoplastics are complex. Different 
factors of influence interact with each other. So, the 
cooling behavior from forming temperature to room 
temperature of formed parts has to be controlled 
exactly to get reproducible parts.  
 
In addition to interply friction, tool-ply friction can 
also affect spring-in phenomenon due to stresses at 
the outer surfaces of the material. Furthermore 
friction forces determine required forming forces 
and for this the required press capacity.  
Otherwise, friction forces are desired to generate in-
plane forces preventing unwanted fabric wrinkling. 
During the forming process in-plane forces are 
developed by friction between blank-holder and 
composite. If the in-plane forces are too low, 
wrinkling occurs. On the other hand high in-plane 
forces can result in damage of the material. [10] 
Controlling friction forces in manufacturing 
processes requires the understanding of different 
types of friction and their factors of influence. 

The friction also depends on process temperatures. If 
the polymer matrix plastifys, a thin liquid film is 
formed between composite and tool surface. While 
cooling down, the polymer matrix becomes solid. 
Due to its state of aggregation there are two types of 
friction, hydrodynamic and coulomb friction. 
Coulomb friction occurs between dry surfaces. The 
friction law states that friction forces are 
proportional to normal force and independent of 
sliding velocity. With increasing temperature and 
decreasing matrix viscosity combined with an 
increase of the normal pressure hydrodynamic 
friction can shift to direct coulomb friction of the 
fibers with the tool [11]. At high temperatures 

friction between reinforced thermoplastics and metal 
tools are a combination of both types of friction. [4]  
Hydrodynamic friction can be explained using the 
Stribeck curve (Fig. 2), again. So, this type of 
friction is dependent on sliding velocity in contrast 
to coulomb friction. 

4Model tests 

4.1 Friction test  

The friction behavior between composites and metal 
tools has been investigated with a pull-out and a 
pull-through test according to [4] [12]. It represents 
friction contact on both sides of the sheet. In this 
work the test procedure is non-isothermal to meet 
realistic conditions. The schematic test setup is 
shown in Fig. 3. At first the organic sheet is heated 
with a contact heating unit and then placed between 
two hydraulically controlled pressure plates that are 
heatable to 150 °C. The test setup is fitted to a 
universal testing machine. This enables to control 
the pullout velocity and to measure the pull-out 
force that corresponds to double friction force 
because of two contact areas (Fig. 3). The transfer 
between the heating unit and the testing machine is 
performed by an operator. The transfer time was 
kept constant for every test specimen.  
The friction tests were conducted under variation of 
the temperatures of the sheet and the pressure plates, 
the normal pressure and pullout velocity. The 
pressure plates are made of steel with a smooth 
surface. Within further experimental series the 
influence of other materials and surfaces finishes has 
also been investigated. The different test conditions 
are listed in table 2. 
During the tests the required pull-out forces are 
plotted against the pull-out length of the sheet. The 
friction force (F�) that is equal to the half pull-out 
force is divided by the normal force (F�) to 
determine the friction coefficient (µ) according to 
equation (3). The normal force is calculated by the 
hydraulic pressure (p�) multiplied by the contact 
area (A�) between the pressure plates and the 
organic sheet (eq. 4). 
 

                              µ =
��

�×� 
 (3) 

 
  F� = p� × A� (4)  
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As mentioned, there are two methods for the friction 
test, the pull-out test and the pull-through test 
(Fig.3). The pull-through test has been chosen for 
most of the tests in this work. For higher 
temperatures of the sheet and the plates in 
combination with increasing normal pressure the 
pull-out test has been used to get a better 
repeatability for this parameter values.  
For the pull-out tests the friction coefficients have 
been calculated considering the continuously 
decreasing contact area with increasing displacement 
of the sheet. 
Experiments have been done with three sheet 
temperatures: 23 °C (*room temperature (RT*)), 
200 °C and 300 °C. 
The melting temperature of polyamide-66 is 260 °C. 
For this the sheet is heated up to 300 °C in the 
contact heating unit to ensure a sheet temperature of 
about 260 °C at the beginning of the friction test. 
The heating temperature of 200 °C is chosen to 
realize a testing temperature of 160 °C that 
represents conditions between glass transition 
temperature of 70 °C and softening temperature of 
220 °C.    
 
Test results and discussion 
Result curves of friction tests typically show an 
initial peak force followed by a steady state 
situation. Relative movement between the sheet and 
the pressure plates cannot occur until the pull-out 
force overcomes the initial peak. After that the 
required forces to hold up the relative movement are 
lower. The different situations are described by the 
static and dynamic friction coefficient. In this work 
the dynamic friction coefficients will be considered. 
Figure 4 shows coefficient of friction vs. 
displacement curves of different sheet temperatures.  
Only for a sheet temperature of 300 °C there is a 
significant difference between the static and 
dynamic friction coefficient. At sheet temperatures 
of 200 °C and room temperature there is no 
difference between them. Figure 4 also shows that 
the friction coefficient is much higher if the polymer 
matrix is melted. The contact area increases due to 
the liquid polyamide. For this, van der Waals forces 
increase. Furthermore adhesive bonds can occur 
when the polymer cools down. 
One method to reduce the friction forces are heated 

tools. This slows the rate at which the polymer cools 
down and remains as a liquid film between the sheet 
and the tool for a longer time. Figure 5 shows that 
the friction coefficients decrease if the temperature 
of pressure plates increases. This behavior has also 
been detected for the sheet temperature of 200 °C 
because the material remains above its softening 
temperature for a longer time. For this the required 
forces to deform the roughness profile of its surfaces 
are much lower. 
The variation of sliding velocity only results in 
different friction coefficients for the sheet 
temperature of 300 °C. At 200 °C there is no 
influence of sliding velocity to friction forces. Also 
increasing normal pressures don’t result in different 
friction coefficients according to Coulomb´s friction 
law. 
At 300 °C the friction coefficients either decrease or 
increase with increasing sliding velocity dependent 
on normal pressure and tool temperature (Fig. 5).  
If the tools are heated to 150 °C friction coefficients 
increase with increasing sliding velocities and 
decreasing normal pressures (cp. 2,2 MPa and 
4 MPa). This indicates for hydrodynamic lubrication 
according to Stribeck curve (Fig. 2). [2, 4, 5, 10, 12, 
14, 15] show similar test results for 
glass/polypropylene composites. 
At higher normal pressures (6 MPa) increasing 
velocities result in decreasing friction coefficients. 
According to equation (2) the Hersey number 
decreases with increasing normal pressure. For this   
there could be a shift from hydrodynamic to elasto-
hydrodynamic lubrication (Fig. 2). Furthermore the 
fluid film may break down due to high pressures.  In 
this case the glass fibers get into contact with the 
tools surfaces and there is a combination of 
hydrodynamic and coulomb friction as explained by 
[4]. 
Experiments with a tool temperature of 50 °C also 
result in decreasing friction coefficients with 
increasing sliding velocity. But the coefficients are 
much higher. Contacting the tool surfaces, the 
polymer matrix cools down and solidifies. For this, 
the polymer and the tools surface may bond, 
especially at slow relative velocities. This bond has 
to be broken and the solidified polyamide has to be 
deformed. 
The comparison of different materials shows that 
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aluminum tools reduce friction forces compared to 
tools made of steel (Fig. 6) but in some cases they 
affect the surface structure of the sheets. Rougher 
surfaces result in increasing friction coefficients 
(Fig.6) for a sheet temperature of 200 °C. The 
roughness peaks deform the polymer matrix and 
friction forces increase. Test results for a sheet 
temperature of 300 °C mostly lead to decreasing 
friction coefficients. The rough surface has more 
gaps where the polymer can accumulate and build-
up a ´lubricating film´ that decreases the friction 
forces. 

4.2 Die bending test 

Spring-in characteristics have been tested with a 
simple die bending test that bends a small sheet to an 
angle of 90 degrees (Fig.1). To characterize the 
temperature dependence, the tools are heatable to 
100 °C to influence the cooling rate of the sheet. [1] 
shows a similar setup. 
The test setup, consisting of a die and a constrained 
punch, is fitted to a universal testing machine. The 
bending test is divided into three steps: closing, 
pressure build-up and dwelling (Fig. 7.). Prior to that 
the sheet is heated to 350 °C with a contact heating 
unit and then transferred into the die by an operator. 
Until the beginning of the closing process the 
temperature of the sheet decreases to 280 °C. 
Areas that are in contact with the punch first, may 
cool down before the forming tools are completely 
closed. For this, the punch geometry (bending 
radius), its velocity and temperature affect the 
interply-slip. Furthermore, the relative movement 
between several plies of the composite depends on 
the closing pressure. For this the tests were 
conducted under variation of different process 
parameters that are listed in table 3. After removal 
and completed cooling down the bending angles of 
the test specimens are measured with a micrometer 
caliper. The angles are captured at three different 
points over the width and an average value is 
calculated.  
The changes in temperature over closing time are 
reported for different tool temperatures, pressures 
and velocities to point out its influence to the 
cooling rate of the sheet. The temperature was 
measured using an infrared thermometer at the 
contact area between the sheet and the radius of the 
punch. 

Test results and discussion 
The die bending tests result in decreasing bending 
angles, if the tools are heated. Figure 8 shows a 
significant spring-in behavior for a tool temperature 
of 100 °C. Additionally, increasing velocities of the 
punch mainly result in decreasing bending angle 
(Fig. 9). For lower bending radii this behavior 
applies for velocities of 5 mm/s and 10 mm/s, only. 
The test with low velocities and small bending radii 
lead to decreasing bending angles. 
Furthermore, test results show a linear dependency 
of bending angles to forming pressure for all 
bending radii (Fig.10). Increasing forming pressure 
causes positive angular deviations.  
As mentioned before, interply-slip is one of the most 
important forming mechanisms when bending a 
multilayered sheet. This mechanism benefits from 
low matrix viscosity and for this from high 
temperatures. It is assumed that suppressing the 
interply-slip before the end of the forming process 
leads to spring-forward. Therefore, the polymer 
matrix needs to stay plastified till then. 
Figure 11 shows the change in temperature over 
process time. The velocity is 0,5 mm/s and the 
pressure is 3 MPa (13 kN). The sheet temperature is 
280 °C (1) at the beginning of the forming process. 
It decreases to 210 °C (2) until the tools are closed 
and the consolidation pressure of 3MPa is reached. 
For this, the polymer cools down below its melting 
temperature before the tools are closed completely. 
For higher velocities (5 mm/s and 10 mm/s) the 
temperature is about 260 °C. Heating the tools slows 
down the cooling rate and the sheet temperature 
after pressure build-up increases to 270 °C.  
Increasing forming pressure has no dependence on 
the cooling rate but on the resulting bending angles. 
For this, increasing pressure or forming force lead to 
higher friction force between several layers. Its 
relative movement will be suppressed and this 
results in spring-forward (Fig. 10). 
Figure 9 shows that increasing bending radii lead to 
decreasing bending angles for a velocity of 10 mm/s.  
In contrast, tests with a low velocity of 0,5 mm/s 
show a behavior in opposite direction. If the punch 
velocity is 0,5 mm/s the sheet cools down below its 
melting temperature before the tools are closed 
completely (Fig. 11). The assumption that this 
behavior leads to spring-forward due to suppressed 
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interply-slip does not apply. 
The inner and outer bending radii of the tools differ 
due to the thickness of the sheet. To adjust this 
difference the several layers of the sheet have to 
slide over each other. This interply-slip has to occur 
along the whole width of the sheet. A smaller 
bending radius leads to a smaller area cooled down 
by the punch and therefore to smaller cooling rates 
until the tools are closed.  
At higher velocities, the forming pressure is reached 
earlier and the friction forces between the layers 
increase. Interply-slip is more difficult and there is a 
shift from spring-in to spring-forward. 
 
5 Discussion 
 
Die bending tests of fiber reinforced thermoplastics 
show that spring-in and spring-forward phenomenon 
occur varying different process parameters. The 
dependence on velocity for example, varies for 
different bending radii. Therefore, consistent 
suggestions for tool design cannot be given. The 
dependence on forming pressure and tool 
temperature seems to be nearly linear, though. For 
this, the variation of these process parameters can 
help to achieve a final 90° shape. 
[1] [6] increased the mould angle to 92° to adjust 
negative angle deviations and achieve a final 90° V-
shape. The die bending test in this work also results 
in positive angular deviations. In this case the mould 
angle has to be decreased. 
The simplest way to influence the resulting bending 
angle is to heat up the tools. With regard to the 
findings of the friction test, this will also result in 
decreasing friction forces, and stresses in the outer 
surface of the sheet will be reduced. 
Process parameters that have a great influence on 
friction forces also have a great influence on 
interply-slip and thermal shrinkage. These 
parameters are velocity, pressure and temperature. 
To analyze the dependence of tool-ply friction to 
spring-in behavior, the friction forces have to be 
increased by another parameter. For this, tools with 
rougher surface finishes can be used in further 
studies.  

 

Fig.1. Spring-in and interply-slip of a multilayered 
sheet 

  PA 66 E-glass 

Coefficient of 
thermal expansion 

[
10−6

K
] 

85 5 

Table 1: Coefficients of thermal expansion 

 

Fig. 2. Stribeck Curve [10] 

 

+ 

- 

interply-slip 

spring-in 

spring-forward 
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Fig. 3. Friction test setup

Fig. 4: Static and dynamic friction
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Fig. 3. Friction test setup 

 

Fig. 4: Static and dynamic friction 

 

Parameter Values

p� 2,2 4 

v 0,5 5 

T()** RT∗ 200

T-�.*( RT∗ 50

material  steel aluminium

surface 
finish  

smooth 

*RT = room temperature

Table 2: Friction 

 

 

 

 

 

Fig. 5: Summary of experimental results for steady state friction
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Fig.6. Friction coefficient depending on tool 
material and surface finish 

Parameter Values Unit 

p� 3 5 7 MPa 

v 0,5 5 10 mm

s
 

R 2 6 10 14 mm 

T�123) RT∗ 50 100 °C 

T45* RT∗ 50 100 °C 

T6)** 280 °C 

t8 5 s 

*RT = room temperature 

Table 3: Die bending test parameter 

 

Fig.7. Temperature vs. time curve of bending test 

 

Fig.8. Bending angle depending on tool temperature 

 

Fig.9. Bending angle depending on radius and 
velocity 

 

Fig.10. Bending angle depending on radius and 
pressure 

 

6 Conclusion 

The conducted studies analyze the friction and 
spring-in behavior of glass fiber reinforced 
polyamide-66 to derive suggestions for tool design 
and process criteria. 
Shape deformations have a high dependence on 
process temperatures and cooling rates. 
Understanding this effect helps to control the stamp 
forming process. 
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Abstract 

The mechanical stress-strain behavior of short glass 

fiber reinforced polymers can accurately be 

simulated using mean-field homogenization (MFH) 

methods [1 - 4]. Since, these methods do not take the 

damage and failure processes that occur in a real 

material into account, the MFH-models can be 

extended by the use of various composite failure 

criteria in order to predict failure for unidirectional 

fiber orientations. In addition, the first pseudo grain 

failure (FPGF) model allows for the application of a 

selected failure criterion on a complex fiber 

orientation distribution [5]. In this study the 

applicability of an MFH-model in conjunction with 

the FPGF-model is investigated on a 32w% short 

glass fiber reinforced polypropylene material. Both 

models are implemented in the Digimat Software 

Environment (e-Xstream engineering, Belgium), 

which was used as a basis for the simulation. The 

model was calibrated and validated on highly 

oriented injection molded specimens. The 

mechanical properties, the failure behavior as well 

as the micromechanical characteristics were 

provided by experiments and compared to the 

simulation results. Tensile specimens with a nominal 

fiber orientation of 0°, 45° and 90° and shear 

specimens were investigated. Different parameter 

sets for a Tsai-Hill 2D failure criterion were 

determined and applied to the FPGF-model.  

 

1 Introduction  

Due to their advantageous mechanical properties and 

low manufacturing cost, short glass fiber (sgf) 

reinforced polymers are widely used in high 

performance mass products. To tap the full potential 

of this material class, it is necessary to properly 

predict the damage behavior in terms of damage 

initiation, damage evolution as well as ultimate 

failure.  

Various micromechanical approaches are 

documented in literature, whereas due to its low 

computational cost mean-field homogenization 

(MFH) method turns out as a convenient approach 

for the use in complex component simulations [1 - 

4]. This paper focuses on the investigation of the 

applicability of the first pseudo-grain failure (FPGF) 

model [5], which allows for applying selected 

composite failure criteria that were originally 

proposed for the use on unidirectional laminates (i.e. 

maximum stress, Tsai-Hill, Tsai-Wu criteria). In 

addition, the applicability of these models in the 

FPGF approach is investigated for materials 

revealing complex fiber orientation distribution 

(FOD). In order to evaluate the practical 

applicability of this model and its limitations to 

engineering components, every modeling step from 

the matrix material model to the composite 

microstructure and the damage behavior was 

carefully validated by experiments.  

A focus was put on the possibility to use the FPGF 

model to properly predict the point of ultimate 

failure in terms of failure stresses for various fiber 

orientations.  

2.1 Modeling of Uniaxial Tests using Mean Field 

Homogenization 

Short glass fiber reinforced Polypropylene with 

32w% fiber content was investigated in this paper as 

a model material. The mean-field homogenization 

(MFH) model implemented in the Digimat Software 

[6] environment was applied to predict the stress –

strain behavior. The polymer matrix was modeled by 
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an elasto-viscoplastic material model, which uses an 

exponential and linear strain hardening formulation. 

The hardening stress R(p) is expressed as a function 

of the accumulated plastic strain p with three 

parameters k, R∞ and m [6]. 

 

  ( )       (   
   ) (1) 

 

In order to model the strain rate dependence a 

current yield Norton law viscoplasticity [6] was used 

as well. The viscoplastic stress (f) depends on the 

accumulated plastic strain rate  ̇, the yield stress y 

and the hardening stress R(p). The two parameters  

and m were identified by a best-fit optimization 

process. 

  

  ̇  
  

 
(

 

    ( )
)
 

 (2) 

 

This model was calibrated on monotonic uniaxial 

tensile tests conducted on standardized injection 

molded specimens of unfilled PP matrix (ISO 527-2) 

at different loading rates (0.0001s
-1

, 0.001s
-1

 and 

0.01s
-1

). As the second constituents, the glass fibers 

were modeled as linear elastic and isotropic and the 

corresponding data were taken from [7]. 

To support the modeling of short fiber reinforced 

PP-GF materials, tensile specimens with nominal 

fiber orientations of 0°, 45° and 90° and with a 

nominal thickness of 2 mm were used. These 

specimens were produced by injection molding in a 

special multi-tool which allows for a controlled fiber 

orientation with a narrow distribution. The actual 

microstructure of these specimens was characterized 

by the fiber length distribution (FLD) and the fiber 

orientation (FOD) and these are listed in figure 1. 

These values were determined for each specimen 

type by computed tomography measurements [8, 9]. 

Similar to the tensile test on neat PP, uniaxial tensile 

tests were conducted on these three types of 

specimens at strain rates of 0.0001s
-1

, 0.001s
-1

 and 

0.01s
-1

. In addition, a digital image correlation 

system was used to record the strain fields and to 

obtain the true stress – true strain behavior. 

 

 

 

 

 

 

 a11 a22 a33 a12 a13 a23 

0° 0.86 0.11 0.03 0.00 0.00 0.00 

45° 0.56 0.41 0.03 0.33 0.00 0.00 

90° 0.20 0.78 0.02 0.00 0.00 0.00 

Fig. 1: Measured fiber orientation tensors of the 

specimens with a nominal fiber orientation of 0°, 

45° and 90°   
 

Although, the MFH-model is able to predict the 

stress strain behavior sufficiently for low strains (~ 

up to 1%), it overestimates the stresses for higher 

strains (Fig. 2). This is mainly due to the fact that 

this modeling approach does not take the damage 

process (interface debonding, void formation, etc.) 

into account [10, 11]. Therefore, the matrix material 

model parameters for the plastic region were altered 

in order to obtain an appropriate MFH-model which 

is able to reproduce the stress-strain behavior of the 

composite up to the point of ultimate failure. These 

parameters were optimized to best-fit the 

experiments for the 0°, 45° and 90° specimens under 

all applied loading rates. The stress-strain curves for 

both the original MFH using the neat PP data and 

the reverse engineered data from the fiber reinforced 

specimens are shown in figure 2. It must be 

emphasized here, however, that these data were 

derived based on a combination of manually driven 

parameter fit and optimization routine implemented 

in DigimatMX [6]. The optimization process was 

finished if the deviation between the experimental 

and the homogenized curves at the maximum stress 

was lower than 2 %. As relevant experimental curve, 

the average curve of 3 single tensile experiments 

was used. For further calculations the PP matrix data 

determined by this reverse method were used.  
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Fig. 2: True stress-true strain diagram for the 45° 

specimen comparing the experimental 

measurement and the simulation with and without 

the adapted matrix material model at 0.001s
-1  

The parameters of the optimized elasto-viscoplastic 

matrix material model are shown in figure 3. 

 

Elasticity Strain hardening Viscoplasticity 

E 1990 MPa k 1.04  607 

y 5.6 MPa R∞ 8 MPa m 3.3 

 0.42 m 1400   

Fig. 3: Table of the optimized matrix material parameter 

for the MFH-model   

The comparison of the MFH-model simulations 

using the optimized matrix and the experimental 

results at an exemplary strain rate of 0.001s
-1

 for all 

fiber orientations is shown in figure 4. With these 

modified matrix material parameters an acceptable 

prediction quality (deviation is less than ± 2% 

regarding the maximum stress value) could be 

achieved for the different specimen orientations and 

loading rates.  

These models, however, assume perfectly bonded 

interface and the applicability of them is limited to 

low strains.  

 

 

Fig. 4: True stress-true strain diagram for the specimen 

with 0°, 45° and 90° orientation comparing the 

experimental measurement and the simulation at 

0.001s
-1   

 

2.2 Experimental determination of the ultimate 

failure 

Prior to the implementation of a failure model the 

onset of failure was experimentally determined. The 

onset of failure was defined by a critical stress or 

strain level. Although various experimental methods 

were carried out and a number of onset points were 

defined, for simplicity the maximum stresses as well 

as the maximum strains were extracted from the 

uniaxial tensile tests and are used in this study. For 

more information regarding the experimental 

techniques please refer to [12, 13].  

In addition to the three tensile specimen types with 

different fiber orientations, shear specimens were 

milled from injection molded plates with dimensions 

of 60mm x 60mm x 2mm. This plate was molded in 

the same multi-tool as the tensile specimens and 

reveal a nominal fiber orientation of 0° at the range 

of interest (location of the shear zone at the mid of 

the plate). The shape and the size of this new 

specimen are shown in figure 5. These specimens 

were loaded under uniaxial tension and the nominal 

shear stress was calculated by dividing the applied 

force by the initial cross-section (6mm x 2mm) of 

the shear region. Furthermore the shear strength in 

the relevant cross-section was determined. 
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Fig. 5: Geometry of the shear specimen   

The maximum values of all stress-strain curves for 

all parameter combinations are shown in figure 6. As 

expected, these maximum stress values reveal both a 

clear dependence of the fiber orientation and the 

strain rate. The 0° specimens show the highest 

failure stresses, whereas the shear specimens show 

the lowest stresses, which were slightly under those 

of the 90° specimens.    

 

Fig. 6: Maximum stresses of monotonic tensile tests of the 

0°, 45° 90° and shear specimens at strain rates of 

0.0001 s
-1

, 0.001 s
-1

 and 0.01 s
-1

   

In addition, the maximum strains were also 

determined for the tensile specimens. A variation of 

the maximum strains for the different orientations is 

shown in figure 7. In contrary to the maximum 

stresses, the strains at the maximum stresses do not 

reveal clear strain rate dependence. Due to the 

character of all stress-strain curves measured, the 

strain-at-maximum stress is nearly perfectly 

coincided with the maximum strains. The majority 

of the failure criteria are based on relevant stress 

values and only the “maximum strain criteria” 

utilizes critical strain values in fiber reinforced 

composites [7, 14]. In a more general experimental 

situation the user has two options: (1) use the 

maximum measured stress values and (2) and use 

the maximum measured strain values and calculate 

the maximum stress values. Latter requires, 

however, the accurate determination of local strain 

near to the failure region. Hence, stress based failure 

criteria were combined with the FPGF technique in 

this study. 

 

Fig. 7: Maximum strains of monotonic tensile tests of the 

0°, 45° 90° at strain rates of 0.0001 s
-1

, 0.001 s
-1

 

and 0.01 s
-1

   
Furthermore, the experimentally determined 

maximum strains were taken and the corresponding 

stresses were calculated using the previously defined 

MFH-model. In order to estimate the deviation 

between the real and predicted stress strain behavior. 

experimentally obtained maximum stresses and 

calculated stresses at maximum strains are compared 

in figure 8. 

 

Fig. 8: Simulated maximum stresses of monotonic tensile 

tests of the 0°, 45° and 90° specimens at strain 

rates of 0.0001 s
-1

, 0.001 s
-1

 and 0.01 s
-1
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2.3 First pseudo grain failure model 

In order to predict the onset and development of 

failure, the FPGF model was additionally 

implemented in the MFH. The main goal of this 

model is to link the actual local fiber orientation 

state of a component to unidirectional composite 

failure criterion. Since this model requires a certain 

failure criterion, the Tsai-Hill 2D criterion (3) [14] 

was chosen as a practicable model for these 

investigations. It must be emphasized here, however, 

that in principle all composite failure models might 

be applied and some of these models have already 

been implemented in DigiMat MF. The failure 

indicator, fA of the Tsai-Hill 2D model is expressed 

as: 

 

    
   
 

  
  

      

  
  

   
 

  
  

   
 

  
 (3) 

 

Where Xt is the tensile strength in fiber direction, Yt 

is the transverse tensile strength and S is the in-plane 

shear strength. The FPGF model mathematically 

separates the fiber orientation distribution function 

into several pseudo fiber orientations termed as 

pseudo grains (PG). A pseudo grain reveals a 

specific unidirectional fiber orientation. 

Furthermore, a certain weight value is addressed to 

each pseudo-grain and this value corresponds to the 

size of the PG. Consequently, the selected failure 

criterion is applied to each pseudo grain. As the 

local failure indicator reaches the critical value of 1, 

the pseudo grain fails and therefore the software 

increases the global pseudo grain failure indicator by 

its weight. This global pseudo grain failure indicator 

can also exhibit a value between 0 and 1. The onset 

of failure is now defined by a critical failure fraction 

(cff), which is a critical value of the global pseudo 

grain failure indicator (defined as PGA value). As 

these cff values are of crucial importance for 

characterizing the failure process, the sensitivity was 

analyzed in this paper. Hence, three different cff 

values of 0.5, 0.7 and 0.9 were selected for the 

further modeling. According to these values, Tsai-

Hill parameter were determined by mathematical 

optimization in order to match the measured 

maximum stresses for all four specimens (tensile 0°, 

45° and 90° and shear). These Tsai-Hill parameters, 

Xt - the tensile strength in fiber direction, Yt – the 

transverse tensile strength as well as S – the shear 

strength were determined for the lowest strain rate as 

listed in figure 9. 

 

cff Xt [MPa] Yt [MPa] S [MPa] 

0.5 112.0 21.5 13.0 

0.7 103.0 21.5 12.0 

0.9 101.0 18.5 11.5 

Fig. 9: Tsai-Hill failure parameter at a strain rate of 

0.0001 s
-1  

Moreover, strain rate dependence was also 

introduced to the Tsai-Hill parameters. This was 

realized with a piecewise linear scaling function, 

which was taken from the experimentally measured 

maximum stresses. The scaling function of the 0° 

specimen was applied to Xt, the one of the 90° 

specimen to Yt and the one of the shear specimen to 

the parameter S. The strain rate dependence of 

scaling functions for all specimen configurations is 

shown in figure 10.  

 

Fig. 10: Piecewise linear scaling functions for the 

different failure parameters 

The Tsai-Hill failure envelopes for tensile and shear 

loading are visualized for the three parameter sets of 

cff in figure 11a, b and c. These envelopes represent 

the maximum multiaxial stresses in 1-2 plane that 

can be applied to a specimen with unidirectional 

fiber orientation until failure occurs. The axis in 11 

direction equals the fiber axis. Using the cff values 

both a self-similar and an uneven shift of these 

envelopes was realized. That is, lower cff values 
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results in higher safety. At low cff value less pseudo 

grains must fail until the ultimate failure occurs.  

 

(a) 

 
(b) 

 

(c)  

 

Fig. 11: Tsai-Hill failure envelope for UD-fibers for a 

strainrate of 0.0001 s
-1; (a)  11 - 22; (b)  22 - 

12; (c)  11 - 12 

Using the MFH-model in conjunction with the FPGF 

failure model the tensile tests of the 0°, 45° and 90° 

specimen as well as the shear tests could be 

simulated and the onset of failure could be predicted. 

Stress - strain curves of the 0° and 90° specimens are 

plotted in figures 12 and 13 for different strain rates. 

It can also be shown how the damage of the pseudo 

grains evolves until it reaches the cff-value, which 

was defined as 0.5 in this particular case.  

  

Fig. 12: Simulated stress – strain curves and PGA-value 

for the 0° specimen for different strain rates 

As expected, the rate dependence of the failure 

process can be simulated (see figures 12 and 13). 

 

Fig. 13: Simulated stress – strain curves and PGA-value 

for the 90° specimen for different strain rates 

 

Figure 14 and figure 15 illustrates how the pseudo 

grains fail for the three different Tsai-Hill parameter 

sets according to the cff-values of 0.5, 0.7 and 0.9. 
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Fig. 14: Simulated stress – strain curves and PGA-value 

for the 0° specimen for different cff-values and 

Tsai-Hill parameter sets 

 

Although, minor differences were observed both 

regarding the start and the ultimate failure values for 

all cff sets, no clear tendency could be recognized.  

 

Fig. 15: Simulated stress – strain curves and PGA-value 

for the 90° specimen for different cff-values and 

Tsai-Hill parameter sets 

To more strikingly visualize the differences, all 

results are summarized in figure 16. As clearly 

shown the fiber orientation has a major influence on 

the strength. The experimental values are in good 

agreement with the predicted values based on the 

Tsai-Hill criterion. Clear strain rate dependence was 

also observed over the strain rate range investigated. 

For all cff values used a corresponding set of Tsai-

Hill parameters was found. The predictions were for 

all cff values in the range of the experimental 

results. The accuracy of the strength prediction does 

not depend on the cff values. A minor shift in the 

prediction can be realized towards a more 

conservative estimation in the Tsai-Hill failure 

indicators with higher cff values. This is however an 

apparent phenomenon. Using higher cff values the 

more pseudo grains must fail up to ultimate failure 

occurs. That is there is a higher probability for a 

convenient fiber orientation which does not fail. 

This effect may results in unreasonable high fracture 

strain prediction.  

 

Fig. 16: Maximum stresses of monotonic tensile tests of 

the 0°, 45° 90° and shear specimens at strainrates 

of 0.0001 s
-1

, 0.001 s
-1

 and 0.01 s
-1

 ; comparison 

of simulated and measured values  

 

3 Conclusions 

In a first step a MFH-model was set up based on 

microstructure parameters, which were derived from 

computed tomography experiments, elastic- 

viscoplastic matrix material data from uniaxial 

tensile tests and linear elastic fiber properties. A 

good agreement was found between the calculated 

and the experimental stress-strain curves up to a 

nominal strain value of 0.01 by using proper 

material data for the constituents and adequate 

microstructure. For larger strains, however, the MFH 

model overestimates the stress both for the 0° and 

the 90° specimens. These calculations do not include 

any kind of damage and the divergence of the 

experimental and the calculated curves may indicate 

changes in the material behavior. In order to bring 

the stress-strain behavior of the MFH-model in 

concordance with the experiments the plasticity 

material parameters were adapted.  

To predict the point of ultimate failure, the MFH-

model was extended by a FPGF approach. The 
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pseudo-grain technique was used to simplify the 

actual FOD of the specimens. The material is 

considered as failed, if the pseudo grain failure 

indicator, which equals the weighted amount of 

failed grains, reaches a critical level. For this critical 

failure fraction (cff) value characteristic values of 

0.5, 0.7 and 0.9 were selected. To obtain the proper 

point of ultimate failure for the different cff-values 

adequate Tsai-Hill parameters were identified. It 

could be shown that suitable Tsai-Hill parameters 

could be found for all selected cff-values. 

Based on the experimentally measured strain rate 

dependence of the maximum stress values strain rate 

dependent Tsai-Hill parameters were also 

implemented using piecewise linear scaling 

functions. It must be pointed out that for all failure 

parameters similar strain rate dependence was 

observed. 

The damage calculations using the Tsai-Hill 2D 

failure criterion were carried out on each pseudo 

grain and the kinetics of the failed pseudo-grains 

was calculated. Although, three different parameters 

sets leads to a slightly different damage kinetic, a 

similar point of ultimate failure could be detected. 

This point of ultimate failure could be properly 

predicted in the tensile and shear regime. Since in 

this first approach the tension and compression 

region are considered to be symmetric, additional 

experiments must be carried out in order to reliably 

predict a compressive failure. 

In an upcoming work this model will be applied to a 

component simulation and the models should be 

validated under multiaxial loading conditions.  
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Abstract 

Variable stiffness design can improve structural 

performance of composite laminates. During the 

manufacturing of these laminates, defects in the 

form of gaps and overlaps appear in the laminates, 

thereby affecting their structural performances. The 

amount of defects in variable stiffness laminates 

depends on design and manufacturing parameters. In 

this paper, the amount of gaps and overlaps are 

obtained for 10 variable stiffness laminates selected 

from the Pareto front obtained for simultaneous 

maximization of in-plane stiffness and buckling 

load. The Defect Layer Method is then used to build 

the Finite Element model of the laminates and 

calculate the effect of defects on their structural 

performances. It is found that overlaps cause the 

Pareto front to shift towards higher values of in-

plane stiffness and buckling load, whereas gaps 

decrease both design objectives. Two variable 

stiffness laminate design among the 10 under 

investigation were manufactured by National 

Research Council Canada and will be tested to 

verify the numerical results. 

 
1 Introduction  

The design of a laminated composite structure 

requires selecting the best arrangement of the 

constituent materials within the laminate. 

Traditionally, this task is performed by finding a 

combination of several straight-fiber layers, each 

with constant thickness, such that the combination 

provides the best mechanical properties for a given 

application. However, allowing the fibers to follow 

curvilinear paths within the plane of laminates 

constitutes an advanced tailoring option that can lead 

to modifications of load paths within the laminate, 

thereby resulting in a more favorable stress 

distribution and an improved structural performance. 

The former approach is referred as constant stiffness 

design while the latter is called variable stiffness 

design [1]. 

Variable stiffness laminates can be manufactured by 

using Automated Fiber Placement (AFP) [2]. An 

AFP machine typically has a self-contained fiber 

placement head with three rotational degrees-of-

freedom (DOF) mounted on a motion base with 

several translational DOFs. A mandrel with an 

additional rotational DOF provides a tool surface on 

which bands of prepreg strips (called courses) are 

placed. A course is typically made of 8-32 prepreg 

strips, called tows [3]. 

The improvement in in-plane stiffness and buckling 

load of variable stiffness design over constant 

stiffness has been demonstrated by several authors. 

Gurdal and Olmedo [4] suggested a linear fiber 

angle variation from one end of a plate to the other.  

They performed an analysis of in-plane stiffness 

variation and its effects on the elastic response of a 

plate. In another attempt, Olmedo and Gurdal [5] 

used the same fiber path model to investigate the 

buckling resistance of the plates under uniform 

compression. It was found that up to 80% increase in 

buckling load can be achieved compared to constant 

stiffness laminates. Tatting and Gurdal [6, 7] 

designed and manufactured flat plates with a linear 

fiber angle variation for maximum buckling load 

under shear loading. An improvement up to 224% in 

buckling load for variable stiffness design compared 

to a constant stiffness was found. In the previously 

mentioned research works, curvilinear fiber paths 

were found to substantially improve one of the 

properties under the investigation, whereas the other 

one was either deteriorated or remained constant. 

Since the concurrent improvement of buckling load 

and in-plane stiffness was not examined, the benefits 

of a variable stiffness design were not fully 

exploited. 
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Buckling load and in-plane stiffness are examples of 

two conflicting objectives that can be 

simultaneously maximized in the design of 

composite plates, a problem that falls within the area 

of multi-objective optimization. Instead of a single 

optimum solution, this problem has a set of optimum 

solutions defining the Pareto front, which represents 

the trade-offs among the objectives [8].  

Among several design optimization algorithms, 

evolutionary strategies have been demonstrated to be 

capable of returning a population of solutions at 

each iteration of the optimization process. The 

Genetic algorithm (GA), which  belongs to this 

category, has been widely used and recommended 

for optimizing composite structures [9]. The GA, 

however, being a population-based algorithm, 

requires a large number of function evaluations to 

reach the optimum solution. This requirement makes 

the process of finding an optimum solution 

computationally expensive. To overcome this issue, 

the coupling of a surrogate model with GA has been 

recognized as beneficial [10]. 

To manufacture plates with optimum variable 

stiffness plates, an AFP machine lays down the first 

course along the reference fiber path. Then, the 

machine head is offset to cover the whole plate. If 

the course width could change continuously, there 

would not be any defects. In practice, however, the 

course width can be changed only by a discrete 

value via either adding or dropping tows. Thus, 

small areas of triangular gaps and/or overlaps appear 

between adjacent courses. There are several 

strategies to drop the tows. 0% coverage (complete 

gap) is a strategy that involves dropping a tow as 

soon as one edge of the tow reaches the course 

boundary; it creates small triangular areas without 

fibers, i.e. gaps. The other method is 100% coverage 

(complete overlap); here, a tow is dropped when 

both edges of the tow cross the course boundary, 

thereby creating small areas of triangular overlaps. 

An intermediate scenario is when the coverage is 

between 0 and 100% [7]. Similar strategies can be 

followed to add the tows, which in turn results in the 

formation of gaps and/or overlaps. 

Gaps are regions without fibers that are likely to be 

filled with resin during the curing process while 

overlaps are regions with thickness build-up. As a 

result, gap regions have lower stiffness compared to 

the regular composite material areas, while overlaps 

tend to generate stiffener-like features, which will 

carry higher load compared to the regular composite 

material areas [6]. Several authors investigated the 

effect of gaps and/or overlaps on the mechanical 

properties of variable stiffness laminates 

manufactured by AFP machines. Wu and Gurdal 

[11] considered one variable stiffness design 

manufactured by two different techniques: tow drop 

(with 0% coverage), and overlap method. They 

investigated the structural response of variable 

stiffness panels subjected to thermal loads. 

Qualitative comparison of the bending strains for the 

two variable stiffness panels showed that the strain 

magnitudes are larger for a variable stiffness panel 

with overlaps. Wu et al. [12] extended the previous 

work and presented the structural response of the 

variable stiffness panels subjected to compression 

loads by mechanical end shortening. Results were 

compared to the response of a 
5

[ 45]
S

  cross-ply 

laminate (the baseline). Structural analyses have 

been performed using nonlinear shell analysis and 

the manufactured panels were also tested. 

Experimental results showed that prebuckling 

stiffness of the panel with overlap is 27% greater 

than the baseline, while it is only 4% higher for the 

panel with gaps. Numerical analyses showed that 

prebuckling stiffness and buckling load of the panels 

with overlaps are 35% and 119% greater than the 

baseline, respectively. The corresponding values for 

the panel with gaps showed 9% and 13% 

improvements in the prebuckling stiffness and 

buckling load, respectively. It should be noted that 

improvements in prebuckling stiffness and buckling 

load of the variable stiffness panel with gaps were 

obtained when the presence of gaps in the model is 

ignored. Tatting and Gurdal [6] and Jegley et al. [13] 

analyzed a rectangular flat panel with and without a 

central hole of varying size. The loading was 

introduced through a constant compressive 

displacement at the top edge and the vertical sides of 

the panel were constrained by knife-edge supports. 

They considered a constant stiffness 

2
[ 45 / 30 / 45 / 15]

S
     laminate as the baseline. For 

the best tow steered design, the buckling loads were 

increased by around 20% and 60% for the tow drop 

with 0% coverage and overlap methods, 

respectively. Both cases also exhibited relatively 

small degradation when holes were introduced. 

It should be noted that in the previously mentioned 

works, gaps were not modeled in the structural 
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analysis of variable stiffness laminates with tow 

drop. Blom et al. [14] investigated the influence of 

gaps on the strength and stiffness of variable 

stiffness laminates using Finite Element Method 

(FEM). They found that increasing the total gap area 

in the laminate deteriorates the strength and stiffness 

properties. In their work, the elements were assumed 

to be in areas filled with either regular composite 

material or resin only. One limitation of this method 

is that it requires the size of the elements to be small 

enough to capture precisely the gap areas. Therefore, 

the number of elements in the FE model drastically 

increases with the plate size, thereby resulting in a 

reduced computational efficiency. In addition, 

previous work in the literature considered tow drops 

during 0% coverage only, while the appearance of 

gaps can be avoided using tow drop with 100% 

coverage.  

In this paper, 10 optimum variable stiffness 

laminates are selected and tow drop with 0% and 

100% coverage considered as the manufacturing 

strategies to numerically investigate the effect of 

gaps and overlaps on their structural performance. 

Among them, two designs are manufactured to 

verify the numerical results.  

 

2 Problem definition 

A 0.254×0.4064 m (10×16 in) variable stiffness 

plate with 
1 0 1 4

[ | | ]
S

T T T    layup subjected to a 

uniform end shortening along the y-direction is 

considered as a case study. The transverse edges are 

considered free for in-plane displacement and all 

edges are simply supported against out of plane 

movement. 
1 0 1

[ | | ]T T T   shows the layers in the 

laminate with variable fiber orientation according to 

a constant curvature path. The fiber orientation 

varies along x-direction (perpendicular to the 

loading direction) (Figure 1a) and can be formulated 

as 

 

0cos( ) cos( ) | |,T x    (1) 

 

The fiber path can be shifted along y-direction to 

manufacture the entire plate (Figure 1b). Carbon 

epoxy Cytec
®
 G40-800/5276-1 material properties 

used in this study are as follows: Ex=143GPa, 

Ey=9.1GPa, Gxy=4.8GPa and υxy=0.3 [15]. The 

thickness of each ply is assumed 0.159 mm (0.00625 

in). 

 
 

(a) (b) 

Fig. 1. (a) A composite lamina with a constant curvature 

fiber path; (b) fibers are offset along y-direction. 

 

3 Methodology 

A set of optimum solutions (Pareto front) is obtained 

by the simultaneous maximization of in-plane 

stiffness and buckling load  using a Non-dominated 

Sorting Genetic Algorithm-II (NSGAII) integrated 

with a surrogate model (Radial Basis Function) 

algorithm [10]. The results are shown in Figure 2, 

where the variable stiffness laminates have been 

assumed to be free of defects. In addition, the 

objective functions are normalized with respect to 

the corresponding values of a 
2

[45 / 0 / 45 / 90]
s

 quasi-

isotropic laminate. 
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Fig. 2. The Pareto front obtained without considering the 

effect of gaps and overlaps and 10 selected designs. 

 

To manufacture the optimum designed laminates on 

the Pareto front, the AFP machine head places the 

first course along the reference fiber path. Then, the 

head is offset along the y-direction to place the 
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subsequent courses. During manufacturing, gaps 

and/or overlaps appear in the laminates and their 

extent can be controlled by the coverage percentage. 

In this study, 0% (complete gap) and 100% coverage 

(complete overlap) are investigated. MATLAB 

subroutines developed in [13] are used to locate gaps 

and overlaps, and calculate their area percentages. 

Then, a method, called defect layer method [13], is 

used to build the Finite Element (FE) model of 

variable stiffness laminates with defects and 

calculate their structural properties considering the 

effect of gaps and overlaps. 

 

4 Results 

Here, 10 designs on the Pareto front are selected to 

investigate the effect of gaps and overlaps on their 

performance, i.e. in-plane stiffness and buckling 

load (Figure 2). The Pareto points are selected in a 

way to have the maximum Euclidean distance from 

each other in the feasible design space; their 

laminate designs are tabulated in Table 1 along with 

their gap and overlap area percentages. It is assumed 

that a course with 8-tow each 3.175 mm (1/8 in) 

wide and a one-sided tow drop strategy with 

complete gap (0% coverage) and complete overlap 

(100% coverage) is used to manufacture the selected 

10 designs.  

 
Table 1. The 10 selected designs on the Pareto front  

# Layup 
Gap area 

percentage 

Overlap 

area 

percentage 

1 4[ 26 | 45 | 26 ] S  
 10.21 8.93 

2 4[ 16 | 40 |16 ] S  
 11.48 10.40 

3 4[ 11| 35 |11 ] S  
 12.96 11.59 

4 4[ 9|30|9 ] S   13.94 12.00 

5 4[ 8| 26|8 ] S   13.17 11.94 

6 4[ 7|23|7 ] S   13.84 11.94 

7 4[ 6|19|6 ] S   13.12 11.81 

8 4[ 5|15|5 ] S 
 

12.89 11.56 

9 4[ 4|9| 4 ] S 
 11.20 10.42 

10 4[0] S  0 0 

 

The defect layer method is used to build the FE 

model of the selected designs and obtain their in-

plane stiffness and buckling load considering the 

effect of gaps and overlaps (Figure 3). Furthermore, 

to compare plates’ performance on an equal-weight 

basis, the in-plane stiffness and buckling load of 

each design manufactured with overlaps are divided 

by the plate weights to account for the weight 

penalty.  
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Fig. 3. Pareto fronts with and without considering the 

effect of defects. 

 

As can be seen in Figure 3, overlaps cause a shift of 

the Pareto front towards higher values of in-plane 

stiffness and buckling load, whereas gaps has the 

effect of decreasing both design objectives. High 

improvements in in-plane stiffness and buckling 

load for the laminates with overlap are scaled down 

if the weight penalty is considered (labeled as 

modified complete overlap in Figure 2). There are 

no defects in the 
4

[0]
S

 laminate, which is a straight 

fiber design; as a result, this design in each Pareto 

front with and without defects shows no change in 

the normalized in-plane stiffness and buckling load. 

Ignoring the weight penalty for the laminates with 

overlap results in higher in-plane stiffness than the 

4[0] S
 laminate for the 

4
[ 4 | 9 | 4 ]

S
    laminate, 

which has 10.42% overlaps. However, considering 

the weight penalty, the
4

[0]
S

 laminate has the 

maximum in-plane stiffness. The 
4

[ 26 | 45 | 26 ]
S

    

laminate has the maximum improvement in buckling 

load, which is 56% higher than the baseline, where 

defects are ignored. For the laminates with overlap, 

there is 105% improvement in buckling load and this 

improvement is scaled down to 89% if the weight 

penalty is factored in. Gaps reduced the 
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improvement in buckling load caused by fiber 

steering from 56% to 40%. 

As can be observed in Figure 3, the amount of 

change in in-plane stiffness and buckling load due to 

the presence of gaps and overlaps varies among the 

10 selected designs. We observe that the change is a 

function of gap and overlap area percentages. Other 

factors, such as the extent and location of gaps and 

overlaps, might also play a role.  

In Figure 3, the Pareto fronts for the laminates with 

gaps and overlaps are obtained assuming that a 

course with 8 tows each 3.175 mm (1/8 in) wide was 

used for the designs’ manufacturing. The 

manufacturing parameters, e.g. the number of tows 

inside each course and the tow width change the 

amount of defects emerging in variable stiffness 

laminates. Consequently, the change in in-plane 

stiffness and buckling load of the laminates 

considering the effect of gaps and overlaps will not 

be aligned with those found in Figure 3. Regarding 

the manufacturing parameters, an AFP machine can 

lay down 8, 12, 16, 24, and 32 tows inside each 

course and the tow width can have a value of 3.175 

mm (1/8 in), 6.350 mm (1/4 in), and 12.70 mm (1/2 

in). Here for the 
4

[ 26 | 45 | 26 ]
S

    laminate, which 

has the maximum improvement in buckling load, the 

effect of the number of tows and the tow width on 

in-plane stiffness and buckling load is investigated.  

First, the number of tows inside each course is let to 

vary between 8 and 32, while the tow width is kept 

constant as 3.175 mm (1/8 in). The change in in-

plane stiffness and buckling load for the case of gaps 

and overlaps are presented in Tables 2 and 3, 

respectively.  

 
Table 2. Change in in-plane stiffness and buckling load 

for 
4

[ 26 | 45 | 26 ]
S

    laminate with gaps. 

Number 

of tows 

Tow 

width 

(in) 

Gap area 

percentage 

Change in 

in-plane 

stiffness 

(%) 

Change 

in 

buckling 

load (%) 
8 1/8 10.21 -14.88 -10.42 

12 1/8 6.65 -9.91 -6.69 

16 1/8 5.16 -7.82 -5.38 

24 1/8 3.52 -5.50 -3.79 

32 1/8 2.65 -4.29 -3.16 

 

Table 2 shows that as the number of tows inside 

each course increases, the gap area percentage and 

the amount of change in both laminate properties are 

reduced. 

 
Table 3. Change in in-plane stiffness and buckling load 

for 
4

[ 26 | 45 | 26 ]
S

    laminate with overlaps. 

Number 

of tows 

Tow 

width 

(in) 

Gap area 

percentage 

Change in 

in-plane 

stiffness 

(%) 

Change 

in 

buckling 

load (%) 
8 1/8 8.93 9.85 31.58 

12 1/8 5.88 6.31 20.23 

16 1/8 4.40 4.72 14.98 

24 1/8 3.02 3.27 10.20 

32 1/8 2.41 2.62 7.75 

 

In the case with overlaps, an increase in the number 

of tows in each course has the effect of reducing the 

overlap area percentage and the change in in-plane 

stiffness and buckling load. 

In the next step, for the same laminate, the number 

of tows inside each course is kept constant as 8 and 

the tow width varies from 3.175 mm (1/8 in) to 

6.350 mm (1/4 in) and 12.70 mm (1/2 in). The 

change in in-plane stiffness and buckling load for 

the case of gaps and overlaps are presented in Tables 

4 and 5, respectively. 
 

Table 4. Change in in-plane stiffness and buckling load 

for 
4

[ 26 | 45 | 26 ]
S

    laminate with gaps. 

Number 

of tows 

Tow 

width 

(in) 

Gap area 

percentage 

Change in 

in-plane 

stiffness 

(%) 

Change 

in 

buckling 

load (%) 
8 1/8 10.21 -14.88 -10.42 

8 1/4 9.82 -13.11 -10.38 

8 1/2 9.83 -12.74 -12.06 

 

As can be seen in Table 4, the gap area percentage 

first decreases and then slightly increases for 

increasing the tow width. The laminate 

manufactured with a tow width of 1/2 in has the 

smallest reduction in in-plane stiffness and at the 

same time it has the highest drop in buckling load. 

Therefore, it can be concluded that the amount of 

defects is not the only parameter that plays a role in 

structural performance of the laminates. 
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Table 5. Change in in-plane stiffness and buckling load 

for 
4

[ 26 | 45 | 26 ]
S

    laminate with overlaps. 

Number 

of tows 

Tow 

width 

(in) 

Gap area 

percentage 

Change in 

in-plane 

stiffness 

(%) 

Change 

in 

buckling 

load (%) 
8 1/8 8.93 9.85 31.58 

8 1/4 5.88 6.31 20.23 

8 1/2 4.40 4.72 14.98 

 

From Table 5, we observe that by increasing the tow 

width, overlap area percentage and the change in in-

plane stiffness and buckling load decrease. 

 

5 Manufacturing Variable Stiffness Laminates 

To simulate the fiber paths of the variable stiffness 

laminates, the ACE V2 software package is used. 

The ACE V2 generates the fiber paths and simulates 

the distribution of gaps and overlaps (Figure 4), as 

well as potential areas that may have quality 

problems due to minimum radius of curvatures of 

the fibers. 

 

  
(a) (b) 

Fig. 4. ACE V2 simulation results, (a) Complete gaps; (b) 

Complete overlaps. 

 

As it can be seen in Figure 4, there are no red areas 

in the laminate, which shows that the design meets 

the manufacturing constraint. Among the 10 designs 

on the Pareto front obtained earlier in Section 3, the 

4
[ 26 | 45 | 26 ]

S
   and 

4
[ 16 | 40 |16 ]

S
   laminates 

are selected for manufacturing. The former offers 

the maximum achievable buckling load and is 

chosen to evaluate the real improvement in buckling 

load after considering the effect of gaps or overlaps. 

The latter, which offers higher buckling load and the 

same in-plane stiffness of the baseline, is chosen to 

evaluate the effect of gaps or overlaps on both the 

design objectives.   

 

A Viper 4000 fiber placement machine is used in the 

study to manufacture the designed laminates. This 

AFP machine has the capability to layup any even 

number of slit tape (1/8 inch width) up to 32 tows. 

To build a laminate with variable stiffness, each 

course in the AFP process is laid down by following 

a predefined curvilinear fiber path. Due to the fiber 

steering, gaps and/or overlaps are unavoidable in the 

laminates. To meet the design requirements, four 

laminates with full gaps and overlaps are 

manufactured (Figure 5). 

 

 

Figure 5. The manufactured laminate with full gap 

strategy. 

The individual tow cut/restart feature of the fiber 

placement machine makes it possible to distribute 

the gaps and overlaps across the laminates, as shown 

in Figure 6. 
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Fig. 6. Manufacturing of composite laminates by AFP  

 

The prepreg slit tape used for making the test panels 

is Carbon/Epoxy from Cytec Engineered Materials. 

Before the layup process, the flat tool is prepared by 

placing a layer of peel ply onto the tool surface. 

Trials are conducted to optimize the processing 

parameters for manufacturing the composite panels 

with curvilinear fibers. After layup, the panels are 

bagged and cured in an autoclave at the temperature 

of 350ºF and pressure of 85 psi for two hours. 

The panels are currently being tested to validate 

numerical results presented in this paper.  

 

6 Conclusions 

In this paper, the effect of gaps and overlaps on in-

plane stiffness and buckling load of 10 variable 

stiffness laminates has been investigated. These 

designs were selected from the Pareto front obtained 

for simultaneous maximization of in-plane stiffness 

and buckling load. The modified Pareto fronts 

considering the presence of defects have been 

obtained to provide design guidelines of direct 

interest to industry. It is found that overlaps cause a 

shift of the Pareto front towards higher values of in-

plane stiffness and buckling load, whereas gaps 

reduce both design objectives. With reference to the 

designs investigated in this paper, it is found that an 

improvement of up to 56% in buckling load can be 

obtained using the fiber steering capability of an 

AFP machine. In practice, this improvement 

increases to 105% when the effect of overlaps is 

modeled, whereas gaps decrease the improvement to 

40%. For a particular variable stiffness laminate, we 

have found that by increasing the course width, the 

amount of defects and the change in in-plane 

stiffness and buckling load reduces. 

Future work is required to obtain modified Pareto 

fronts by incorporating the effect of defects during 

the optimization process. Furthermore, other 

structural properties, like strength and fundamental 

frequency along with different loading and boundary 

conditions can be studied. 
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Abstract 

The effect of graphite flake on the 

microstructure of ZrB2-SiC composite was 

investigated by transmission electron microscopy 

(TEM), and the comparative analysis of its influence 

on the mechanical properties reported in literatures 

also has been done. ZrB2–20 vol. % SiC (ZS) and 

ZrB2–20 vol. % SiC–15 vol. % graphite (ZSG) 

composites were prepared from commercially 

available powders by hot-pressed sintering method. 

In ZrB2-SiC composite, many stacking faults in SiC 

grains and lots of dislocations in ZrB2 grains were 

observed by TEM due to the different temperature 

coefficients of thermal expansion. With the addition 

of graphite flake to the ZrB2-SiC composite, fewer 

defects were observed in the grains around the 

graphite flake in the TEM micrograph. Moreover, 

the graphite flake produces bending in hot-pressed 

sintering process, while the stress is eased around 

the graphite flake in ZrB2–SiC composites, which 

improve the mechanical properties of ZrB2-SiC 

composite. Thus, the graphite flake plays a positive 

role in ZrB2-SiC composite. 

 

1. Introduction 

ZrB2–based composites have been regarded as 

promising for high temperature structural material 

applications because of their unique combination of 

high thermal shock resistance, high strength at 

elevated temperature and low density[1]. However, 

the low fracture toughness of ZrB2–based composite 

is still a limiting factor to be used widely. Some 

additives were used to improve the mechanical 

properties.  

The addition of SiC particles controls the 

growth of ZrB2 grain, and gets an achievement of 

full density [2] which improves their oxidation 

resistance and mechanical properties. Sumin Zhu al. 

has studied the influence of size of SiC particle on 

the mechanical properties of ZrB2 [15]. They found  

the strength increased as the size of SiC particles 

decreased. 

 Some studies have shown that the introduction 

of graphite improves the fracture toughness and 

resistance to slow crack growth. The literature has 

reported that the fracture toughness of ZrB2-SiC-

graphite is 6.1±0.3 MPa•m
1/2

, which is much higher 

than that of ZrB2-SiC composite [4]. Zhi Wang al. 

has studied the effect of graphite on thermal shock 

behavior of ZrB2–SiC composite [5]. 

Graphite is a crystalline form of elemental 

carbon. In each carbon layer, graphite has carbon 

sp2 hybridization with covalent bonding，  which 

has extremely high strength, stiffness and thermal 

conductivity along the basal plane [6]. These layers 

are bonded by weak van der Waals forces [7].  This 

layered structure provides a mechanism of self-

lubrication. The introduction of Graphite flake to 

ZrB2-based composite promotes the grain refining 

and densification [8]. To evaluate the properties of 

microstructure of composite, many approaches were 

applied, such as optical microscopy, scanning 

electron microscopy (SEM) and transmission 

electron microscopy (TEM). Because of the 

brittleness of the ZrB2-SiC-graphite, few reports 

appear in literature to analysis the microstructures by 

TEM. In this paper, we have investigated the 

microstructures of ZrB2-SiC and ZrB2-SiC-graphite 

composite by transmission electron microscopy 

equipped with an energy-dispersive X-ray system.  

Transmission electron microscopy is a very 

important technique to characterize the 

microstructures of ceramic materials. The 

information of materials could be studied by 

conventional imaging, electron diffraction and 

chemical microanalysis-EDX got by TEM. The 

major contribution of TEM is the enlarged 

understanding of materials [9], for instance, E.J. 

Olivier and J.H. Neethling [10] have investigated the 

defects of stacking faults and twins inβ-SiC by TEM. 

Takashi Mizuguchi and Shuqi Guo have 
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characterized the spark plasma sintered ZrB2 

ceramic by TEM [11]. Jun Liang al. [12] has 

researched the characterization of interface of Zr2-

SiC by TEM. Tao Zhu al. [13] analyzed the 

additives in TEM micrographs of ZrB2–SiCw 

composite 

This paper focuses on microstructures of ZrB2-

SiC and ZrB2-SiC-graphite composite based on 

transmission electron microscopy. The images of the 

microstructure of the ceramic got by TEM and their 

mechanical properties reported in the literature [2] 

were compared, and the effect of graphite flake in 

the ZrB2–based composite was also analyzed. 

 

2. Experimental  

ZrB2–20 vol. % SiC mixture and ZrB2–20 

vol. % SiC–15 vol. % graphite mixture were 

prepared respectively from commercially available 

powders. Commercially available ZrB2 powder (2 

μm, > 99.5%, Northwest Institute for non-ferrous 

metal research, China), SiC (1 μm, > 99.5%, 

Weifang Kaihua Micro-powder Co., Ltd., China.) 

and the graphite flake (mean diameter and thickness 

are 15 μm and 1.5 μm, respectively, > 99%, Qingdao 

Tiansheng Graphite Co., Ltd., China) were used as 

raw powders in this study. The two kinds of 

mixtures (ZrB2 + 20 vol. % SiC and ZrB2 + 20 

vol. % SiC + 15 vol. % graphite flake) were ball-

mixed for 10 h in a polyethylene bottle using ZrO2 

balls and ethanol as the grinding media respectively. 

After mixing, the slurry was dried in a rotary 

evaporator and screened. The powder was put into a 

graphite die and sintered by hot pressing at 1900°C 

for 1 h under a uniaxial load of 30 MPa in Ar 

atmosphere. Then the microstructural feature of the 

hot pressed composite was observed by 

Transmission electron microscopy equipped with an 

energy-dispersive X-ray system.  

The thin specimen preparation for TEM was 

quite difficult, because the ZrB2–based composite is 

brittle and the graphite flakes tend to fall during the 

procedures of grinding and polishing. The specimens 

for TEM observation were prepared from hot 

pressed material in our research, which is different 

from that of the former study (the powder mixtures 

sintered by SPS used to replace the materials 

consolidated by hot-pressing were investigated by 

TEM [14]). The TEM samples were cut into discs 

with diameter of 5 mm and a thickness of 1 mm by 

optical methods. Then the discs were milled down to 

a thickness of 100μm by hand. Because of the 

brittleness of the ceramics, they could not be cut too 

thin. The small discs were further ion beam thinned 

with low angle until small perforations were 

observed by optical microscopy. The phase analysis 

of the ceramic was performed using transmission 

electron microscopy (TEM, Tecnai G2F30) 

equipped with an energy-dispersive X-ray system. 

The crystal structure analysis of the ZrB2-based 

ceramics was identified by selected area electron 

diffraction (SAED) patterns. And Energy dispersive 

X-ray spectroscopy (EDS) was used to determine the 

composition inside the grains during TEM 

observation.  

 

3. Results and discussion 

3.1 Microstructure of ZrB2-SiC 

TEM micrograph of different phases and the 

interfaces of ZrB2-SiC composite was shown in 

Fig.1.  EDX spectra of the two grains in the image 

(marked A and B) are shown in Fig.2 and Fig.3. 

From the EDX spectra, A and B indicate ZrB2 and 

SiC respectively. The generation of contrast depends 

on the atomic number of the phases. ZrB2 with high 

atomic number is darker than SiC in the TEM 

micrograph of ZrB2-SiC. And the grains show 

equiaxed shape. The ZrB2/SiC and ZrB2 /ZrB2 grain 

boundaries are very clean with no impurities (Fig.1). 

Our research enjoys the same result as J. Zou 

analysed by HRTEM [8]. There is no chemical 

reaction between ZrB2 and SiC grains at boundaries 

in the hot-pressing process.  

 

 
Fig.1. TEM micrograph of ZrB2-SiC composite 

 

A 

B 

A 
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Fig.2. The EDX spectra of A grain in Fig.1 

 
Fig.3. The EDX spectra of B grain in Fig.1 

 

The phases of the ZrB2 and SiC were confirmed 

by selected area electron diffraction (SAED) 

patterns (Fig.4 and Fig.5). The SAED patterns can 

be used to get the distance between the crystal 

planes to index the crystal structure. ZrB2 had a 

hexagonal symmetry with a [1-210] zone axis is 

observed from Fig.4. 

The SAED pattern obtained from SiC grain is 

indexed as 15R-SiC in Fig.5. The lattice parameters 

of 15R-SiC are a=3.06 Å and c=37.07 Å. And the 

structure of 15R-SiC has an 

ABCACBCABACABCBA sequence. The small 

spots between the diffraction spots indicate the 

presence of staking faults in the 15R-SiC. 

 

 
Fig.4. SAED pattern of ZrB2 grain with a [1-210] zone 

axis. 

 

 
Fig.5. SAED pattern of SiC grain with the structure of 

15R-SiC 

 

The formation of streaks in SiC grains is due to 

extrinsic stacking faults (Fig.1). The high density of 

stacking faults in the grain is attributed to the very 

low stacking fault energy of SiC
 
[10]. 

Moreover, some dislocations originated from 

grains boundaries and cross the grains were 

observed in the ZrB2 grains in Fig.6. In addition, 

many stress patterns with bright/dark alternating 

contrasts are always observed in the grains (Fig.7). 

The formation of all the defects is caused by the 

residual stress in the grains, which is generated 

during the cooling process due to the thermal 

expansion coefficient mismatch between ZrB2 (6.8 × 

10−6 K−1) and SiC (4.3 × 10−6 K−1) [16]. The 
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shrinkage rate of ZrB2 is larger than that of SiC. The 

residual stresses for the ZrB2 matrix and SiC 

particles in the composite are tensile stress and 

compressive stress, respectively. Sometimes, the 

tensile stress could promote crack growth, which 

may lead to low fracture toughness. However, the 

residual compressive stress can cause a slight 

improvement in fracture resistance since the 

propagating crack tends to avoid such compressive 

stress regions. Some researches have been done to 

design the stress distribution in the materials in order 

to improve the fracture toughness [12]. 

 

 
Fig.6.  TEM micrograph of ZrB2 grain with many 

dislocations 

 

 
Fig.7. TEM micrograph of ZrB2 grain with stress 

patterns 

 

3.2 Microstructure of ZrB2-SiC-graphite 

Fig.8 and Fig.9 show the morphologies of 

graphite in the ZrB2-SiC-G composite. Fig.8 shows 

the side face of the graphite flake, which is 

characterized by a long and narrow white area. 

Because of the small atomic number of carbon, the 

graphite flake is brighter than other grains. The other 

grains with high hardness show convex polygons. 

The surface of graphite flake is shown in Fig.5 

(represented by G). 

 

 
Fig.8. the side face of the graphite flake in ZSG 

 

 
Fig.9 the surface of the graphite flake in ZSG 

 

In the hot-pressing process, the graphite flake is 

bent by the force of other grains (Fig.8), which can 

G 
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alleviate thermal stress caused by the thermal 

expansion mismatch. The thermal residual stresses 

between the phases could be evaluated by Hsueh’s 

formula: 

 

 
 
Where σ is the thermal residual stress, α is the 

thermal expansion coefficient, νis the Poisson’s ratio, 

E is Young’s modulus, andΔT is the temperature 

change. For the ZSG composites, EZrB2=490GPa, 

ESiC=550GPa, Eg=15GPa; νZrB2=0.17, νSiC=0.14, 

νg=0.25; αZrB2=6.8×10
-6

/K, αSiC=4.7×10
-6

/K,  

αg=1.5×10
-6

/K [19, 20]. according to Hsueh’s 

formula, the thermal residual stresses at ZrB2-

graphite and SiC-graphite interfaces  (0.3GPa and 

0.18GPa, respectively ) were small than 1.23GPa at 

ZrB2 and SiC interface. There were less dislocations 

can be seen in Fig.8 than that in Fig.1. 

 Fig.9 shows uneven edge of graphite flake. 

The bent graphite flake and its uneven edge indicate 

that the graphite flakes fill the intergranular 

porosities, which improves the densification of 

ZrB2-based composite. The relative density and 

fracture toughness of the two composites reported in 

literatures are list in table 1. 

 
Table 1 The relative density and fracture toughness of ZS 

and ZSG in the literature 

 Fracture toughness 

(MPa·m
1/2

)[4] 

Relative density 

(%) 

ZrB2-SiC 4. 0~4.5
2
 97.7 [17] 

ZrB2-SiC-G 6.1 ± 0.4 99.7 [4] 

 

The graphite flake is a soft phase and easily 

bent, so that the graphite can alleviate thermal stress 

of the other grains around the graphite flake. Fig.8 

shows fewer defects in the grains around the bent 

graphite flake, which can improve the mechanical 

properties.  

According to the molecular structure of 

graphite, the carbon atoms are bonded into 

hexagonal sheets by covalent boding, and the layers 

are bonded by weak van der Waals forces. When the 

cracks interact with the graphite flake, deflections 

are observed along the surface of the graphite flake. 

Fig.10 shows the fractured surface of ZrB2-SiC-

graphite based on SEM. The dark long graphite 

flakes with 1-2μm in thickness and ~15μm in length 

can be seen. The large graphite flakes reveal that the 

flakes were pull out during the fracture process due 

to the strong covalent bonds, which may causes 

crack bridging. 

 

 
Fig.10 SEM image of fractured surface of ZSG 

 Because of the bent graphite flake, cracks 

propagation may require more energy. Therefore, 

the crack bridging and deflection improve the 

fracture toughness. The fracture toughness of ZrB2-

SiC-graphite composite increased by approximately 

35% compared to the ZrB2-SiC composite [4]. 

 
4. Conclusions 

The microstructure of ZrB2-SiC and ZrB2-SiC-

graphite were characterized by Transmission and 

analytical electron microscopy （TEM ）, which is 

a very helpful characterization tool for 

understanding the ceramic microstructures. Many 

stacking faults were found in SiC grains through 

TEM due to the low stacking fault energy. What is 

more, some dislocations and stress patterns were 

also observed in ZrB2 grains in the ZrB2-SiC 

composite.   

From the morphologies of ZrB2--SiC-graphite 

composite by TEM, we find that the bent and 

uneven edge of the graphite flake which caused the 

stress relaxation around the graphite flake can 

improve the densification and the mechanical 

properties of ZrB2-SiC composites. Therefore, the 

use of graphite flake is favorable for the mechanical 

properties ZrB2-based composite. 
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1 Introduction  

Bearing strength is often a critical design property 
for polymer matrix composite structures, as it 
frequently defines the sizing required for regions 
containing bolted attachments. Over the past three 
decades, stakeholders in the composites industry 
have participated in the development of standard test 
methods for bearing strength. However, diverse 
requirements have resulted in a proliferation of test 
methods and specimen configurations. The number 
of published “industry standard” test configurations 
now stands in the double-digits.    
 
Understandably, the large number of standards often 
leads to confusion among novice users. The primary 
purpose of this paper is to provide guidance when 
selecting an industry standard bearing strength 
method for testing polymer matrix composites. This 
will be accomplished by: 
 

 Reviewing the history and current state of 
industry standard tests for composite 
bearing strength determination. 
 

 Comparing and contrasting important 
specimen attributes and sensitivities. 
 

 Providing guidance on the use of particular 
tests for specific applications, such as 
generic vs. design-specific data generation. 

 
It is the desire of the author that this paper will 
facilitate discussion and lead to improvements in the 
industry standard tests, as well as to the development 
of improved industry guides covering test selection 
for bearing and composite bolted joints in general. 
 

2 Standard Tests for Bearing Strength 

The development of industry standard test methods 
has facilitated the expanded use of polymer matrix 
composites in aerospace, marine, automotive, energy 

and civil infrastructure structural applications. In the 
case of composite bearing strength, the first standard 
tests utilized were those which evolved from the 
plastics industry, such as ASTM D953 [1] which 
was first published in 1948. Specific standards for 
high-modulus fiber reinforced composites were first 
developed in the late 1980s, and included SACMA 
SRM 9-89 [2], ASTM D5961 [3] and prEN 6037 
[4]. A plain-pin bearing strength test, ISO 12815 [5], 
was recently published by ISO/TC 61/SC 13. 

2.1 ASTM D953 

ASTM D953 is under the jurisdiction of ASTM 
Committee D20 on Plastics, and covers bearing 
strength determination for rigid plastics. This 
standard was widely used in composites testing prior 
to the development of SACMA SRM 9-89 and 
ASTM D5961, which were intentionally developed 
for continuous fiber composites. It is still utilized for 
composites testing within historical material 
specifications, especially for low modulus materials 
such as fiberglass-reinforced composites. 
 
D953 includes two test procedures with unique 
specimen and fixture configurations, as shown in 
Fig. 1. Procedure A loads the specimen in double 
shear tension bearing. The test utilizes a fixture 
assembly composed of three steel loading plates. 
Shims must be used to accommodate variations in 
specimen thickness.  
 
Procedure B loads the specimen in compression 
bearing. The test uses a clevis fixture which contains 
thrust bushings to align the specimen and resist 
lateral displacement of the specimen under 
compression loading.  
 
Both procedures determine to the pin bearing 
strength of the composite, as no out-of-plane clamp-
up forces are applied to the specimen. Both 
procedures cover testing with either 3.18 mm (0.125 
in.) or 6.35 mm (0.250 in.) diameter bearing pins as 
standard. 
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Fig.1. ASTM D953 test configurations 
 

2.2 SACMA SRM 9-89 

In the late 1980s, the Suppliers of Advanced 
Composite Materials Association (SACMA) 
developed a series of standard composite test 
methods to support material qualification and 
acceptance testing. A double shear bearing test 
method, SRM 9-89, was developed but never 
formally published as a SACMA standard. 
Nonetheless, the specimen and fixture configuration 
have found use within the composites industry.  
 
The SRM 9-89 fixture is similar to that of ASTM 
D953 Procedure A with a 6.35 mm (0.250 in.) 
diameter bearing pin, but integrates the three plates 
into a one-piece loading fixture for ease of handling. 
Sleeved bushings interface between the loading pin 
and the fixture, which permit clamping forces to be 
imparted to the test specimen. Use of the bushings 
also accommodates variations in specimen thickness 
without the need for shims. 

2.3 ASTM D5961 

ASTM D5961 is under the jurisdiction of ASTM 
Committee D30 on Composite Materials. When first 
published in 1996, the standard contained two test 
procedures (for double and single shear testing, 
respectively). As shown in Fig. 2, Procedure A is a 
single fastener, tension-loaded test using one 
composite and two metallic loading straps. A 
composite spacer is placed between the two straps, 
which are then gripped using tension wedge grips. 
The standard fastener diameter is 6 mm (0.250 in.). 
 

 
 
Fig.2. ASTM D5961 Procedure A test configuration 
 
Each Procedure A loading strap is machined with a 
13 mm (0.50 in.) diameter, 2 mm (0.06 in.) high 
boss at the fastener hole. The function of the boss is 
to simulate a representative fastener head or collar 
surface area on the test specimen, over which out-of-
plane clamp-up forces are reacted. This tends to 
reduce the bearing strengths obtained using this 
procedure in comparison to double shear tests with 
flat load plates, and better simulates the composite 
bearing capability in typical structural joints.  
 
As shown in Fig. 3, Procedure B utilizes two 
composite straps and spacers. Two specimen 
configurations are standard, permitting the test to be 
performed with either one or two fasteners. The 
composite spacers are secured to the ends of the 
straps, and are used to minimize the eccentricity of 
applied force at the bolted joint. The standard 
fastener diameter is 6 mm (0.250 in.). 
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Fig.3. ASTM D5961 Procedure B test configurations 
 
Procedure B tests can be performed under tension 
loading when the specimen is gripped directly using 
tension wedge grips (unstabilized configuration). 
The test can also be performed with the specimen 
placed within a stabilization fixture (shown in Fig. 
4), which restricts bending deformation induced by 
the single shear loading eccentricity. Use of the 
fixture permits the specimens to be loaded under 
either tensile or compressive forces. 
 

 
 

Fig.4. ASTM D5961 Procedure B stabilization 
fixture assembly 

 
While not strictly a pure bearing test, the two-
fastener specimen exhibits reduced fastener bending 
and joint rotation in comparison to the single 
fastener specimen. As such, its deformation more 
closely approximates that of typical structural joints. 
Use of the two-fastener specimen does add 

complexity to the test in regard to force distribution, 
stresses and strains local to the fastener holes, and 
observed failure modes. These are discussed in 
greater detail in the subsequent comparative 
assessment of test methods.   
  
The 2008 revision of D5961 standardized two 
additional test configurations. As shown in Fig. 5, 
Procedure C is a single fastener, tension-loaded test 
using one composite strap and a metallic fixture. 
Like Procedure B it approximates fastener 
deformation in structural joints, but requires less 
composite material than the Procedure B test. The 
specimen and fixture are both gripped using tension 
wedge grips. The standard fastener diameter is 6 mm 
(0.250 in.). 
 

 
 

Fig.5. ASTM D5961 Procedure C & D test 
configurations 

 
The Procedure D configuration (also shown in Fig. 
5) is similar to that of D953 Procedure A, but is 
designed to permit double shear compression testing 
without a complex stabilization fixture. The test 
utilizes a fixture assembly composed of three steel 
loading plates, and utilizes shims to accommodate 
variations in specimen thickness. The specimen and 
fixture are both gripped using wedge grips. The 
standard fastener diameter is 6 mm (0.250 in.). 

2.4 prEN 6037 

Prestandard prEN 6037 was developed in 1995 by 
the European Association of Aerospace Industries 
(AECMA).  This document covers bearing strength 
of multidirectional fiber-reinforced composites, 
including laminates manufactured from 
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unidirectional tape or woven fabric reinforcement. 
The test utilizes a double shear configuration with 
two hardened steel loading plates. The standard 
fastener diameter is 6.35 mm (0.250 in.), and a 0.1 
mm (0.004 in.) clearance between the specimen and 
each loading plate is specified. 

2.5 ISO 12815 

ISO 12815 was published in 2013 by Technical 
Committee ISO/TC 61, Subcommittee SC 13.  This 
standard covers plain-pin bearing strength of fiber-
reinforced composites with either thermoset or 
thermoplastic matrices. The test assembly is similar 
to that of D953 Procedure A, utilizing three steel 
loading plates and shims to accommodate variations 
in specimen thickness. Hardened bushes interface 
between the loading pin and the fixture to improve 
durability of the loading plates; no clamping forces 
are imparted to the test specimen. The standard 
fastener diameter is 6 mm. 
 

3 Comparison of Test Specimen Attributes 

Standardization of the bearing strength test methods 
described herein resulted from the needs and 
requirements of the composite community. The 
standards are intended to support the application of 
diverse composite bolted joint configurations under 
a variety of applied loadings. The need for so many 
tests, rather than one or two, resulted from the 
difficulty associated with translating bearing 
strength results from one configuration to another. 
For example, even the relatively minor addition of 
through-thickness preload (e.g. fastener torque) in a 
double shear configuration can influence ultimate 
bearing strength, force vs. deflection response, 
failure modes and failure progression of the 
composite. 
 
The following paragraphs compare and contrast 
important test specimen attributes, and discuss 
bearing strength and failure mode sensitivities to 
various test parameters. 

3.1 Double vs. Single Shear 

The most significant difference amongst the test 
methods is the general specimen configuration, i.e.  
double shear versus single shear. Single and double 
shear tests can exhibit differences in the following 
aspects: 
 

 Fastener rotation and bending - single 
shear tests generally exhibit greater fastener 

rotation than double shear tests, due to the 
moment induced by loading eccentricity. 
The rigid steel loading plates and fixtures 
used in double shear testing also aid in 
resisting the rotation of the fastener head 
and collar. Single shear tests exhibit greater 
fastener bending than double shear tests 
which achieve equivalent bearing stress 
levels, as the entire test loading is carried 
through a single fastener shear plane.  
 

 Head and collar deformation - single shear 
tests generally exhibit greater deformation 
of the fastener head and collar, which react 
the bending moment induced at the joint.  
 

 Specimen bending - single shear tests 
exhibit specimen bending at the joint due to 
the moment induced by loading 
eccentricity.  
 

 Bearing stress distribution - single shear 
tests generally exhibit greater through-
thickness variation in local contact force 
and resultant bearing stress distribution, due 
to the greater degree of fastener rotation, 
fastener bending and composite specimen 
bending observed in single shear tests.  
 

 Failure modes - single shear tests generally 
exhibit a greater frequency of failures 
influenced by the fastener head and collar, 
due to contact of the specimen surface with 
these features. Specimen surface damage 
induced by contact with the head and/or 
collar is not uncommon in single shear 
testing. 
 

Comparisons of double and single shear bearing 
strengths have been published in the literature. 
Garbo and Ogonowski [6] tested a variety of 
AS/3501-6 Type II composite layups using single 
and double shear bearing specimens. They found 
single shear bearing properties (initial nonlinearity 
bearing stresses and ultimate bearing strengths) to be 
10-25% lower than double shear properties due to 
the greater joint loading eccentricity.  
 
Grant and Sawicki [7] discussed stabilization factors 
used in strength analysis, which were derived from 
testing a variety of bolted joint configurations. 
Strength factors for stabilized and unstabilized 
single shear bearing were set to 85% and 70% of 
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double shear strength, respectively. These values are 
similar to those observed by Garbo and Ogonowski. 
 
Parida et al [8] reported mean quasi-isotropic 
T300/914C unidirectional tape single shear bearing 
strengths (2% offset strength) to be approximately 
65% of comparable double shear strengths in both 
room temperature and hot/wet conditions. The 
observed single shear strength factors were likely 
lower than those previously discussed due to the use 
of flat loading plates in double shear tests, instead of 
ASTM D5961 loading plates with machined bosses. 

3.2 Through-thickness Restraint and Preload 

Pin bearing tests can exhibit differences in bearing 
strength and failure modes when compared to tests 
conducted with representative structural fasteners. 
For example, both Collings [9] and Hart-Smith [10] 
observed that double shear bearing strengths with 
finger-tight fasteners present were approximately 
twice those achieved in comparable pin bearing 
tests. The addition of normal fastener installation 
torque further increased bearing strengths by 15% to 
30% depending upon the laminate configuration. 
Similar increases due to torque application were 
reported by Garbo and Ogonowski [6]. 
 
These differences are associated with the effects of 
through-thickness restraint and fastener preload 
forces, which are manifested through their influence 
upon bearing damage formation and propagation: 
 

 Damage initiation – damage initiation is 
associated with the formation of small 
matrix cracks, including transverse cracks, 
shear cracks and interlaminar cracks. 
Compressive preload forces contribute to a 
more benign stress state that suppresses 
matrix crack initiation. 

 
 Damage propagation – initial bearing 

damage tends to progress into macroscopic 
shear cracks, which swell the composite in 
the through-thickness direction. As 
observed by Sun, Chang and Qing [11], 
when pure pin conditions are present the 
swelling progresses unabated and no 
additional bearing force can be carried by 
the joint. Conversely, when through-
thickness constraint exists, swelling is 
restricted until the applied force is sufficient 
to propagate the damage outside of the 
constrained area. Preload forces serve to 

further retard damage growth, especially in 
single shear joints where preload helps 
maintain through-thickness constraint while 
the fastener bends and rotates. 

3.3 Tension vs. Compression-Reacted Bearing 

Bearing strengths may vary depending upon the 
loading applied to the bolted joint, as tension-reacted 
bearing produces a different global stress state in the 
specimen than is present under compression-reacted 
bearing. Additionally, most tension-reacted bearing 
tests are affected by the closer proximity of the 
specimen end to the fastener hole than exists in 
compression-reacted bearing tests. As demonstrated 
by Crews and Naik [12], bearing damage initiation 
and ultimate strength are both affected by the 
distance between the fastener hole and the end of the 
specimen. For this reason, tension-reacted bearing 
strengths tend to be lower than those achieved in 
compression-reacted tests. 
 
Compression-reacted tests can be adversely affected 
by specimen bending and instability when testing 
low-stiffness composites, or if requirements on 
fixture and specimen geometry are not carefully 
adhered to. 

3.4 One vs. Two Fasteners 

As previously noted, ASTM D5961 Procedure B 
may be conducted using a two-fastener joint 
specimen, which reduces fastener rotation and 
bending to more closely approximate bearing 
response within typical structural joints. However, 
use of two fasteners can affect several aspects of 
bolted joint response:  
 

 Fastener force distribution – the two-
fastener Procedure B specimen is designed 
to achieve an equivalent force distribution 
between the two fasteners, and specifies 
that bearing strength be calculated based 
upon that assumed distribution. The actual 
force distribution may vary throughout the 
test, due to the effects of fastener-hole 
clearances and damage formation. In some 
circumstances the force level at a damaged 
hole can be alleviated, resulting in a higher 
bearing strength being calculated than 
would be achieved in a comparable single-
fastener test. 

 
 Stress state and failure modes – the two-

fastener Procedure B specimen is designed 
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to exercise bearing failure modes. In a two-
fastener joint, a complex stress state 
(referred to as bearing-bypass interaction) 
exists in the vicinity of the fastener hole 
furthest from the end of the strap, resulting 
from the incremental introduction of force 
into the strap at each fastener. For certain 
composite architectures and specimen 
geometries, such stress states may produce 
undesirable gross-section bypass failures, as 
exhibited in Fig. 6. ASTM D7248 [13] 
provides additional guidance on two-
fastener joint testing, including bearing-
bypass failure mode characterization and 
specimen geometry.  

 

 

 
 

Fig.6. Comparison of bypass and bearing failure 
modes observed in two-fastener joint specimens 

 

4 Test Selection 

The global composites community is composed of 
diverse stakeholders who use standard test methods 
for a variety of purposes. Among these are material 
qualification and acceptance, quality assurance, 
structural design and analysis, and research and 
development. Given the diversity of users, it is not 
surprising that multiple tests for bearing strength are 

used to provide optimal assessment methods for 
specific applications. 
 
As currently published, the standards acceptably 
describe the attributes and sources of variation 
associated with the particular test configurations and 
loadings. There is a corresponding need for 
additional guidance on the application of the 
individual test types for specific purposes, to aid in 
test selection for novice users. The following 
discussion is intended to provide guidance on 
bearing test selection, and to help stimulate the 
development of improved industry guides for 
selection of tests for bearing and composite bolted 
joints in general. 

4.1 Material Qualification and Acceptance 
Testing 

Tests intended for composite material qualification 
and acceptance purposes are primarily intended to 
assess key material characteristics and identify 
changes which can occur over time due to 
manufacturing variations. In general, such tests are 
not intrinsically tied to a particular structure or 
geometric configuration, but are generic in nature. In 
the case of bearing strength, it is common practice to 
use double shear pin bearing tests for such purposes, 
as those tests are most sensitive to material 
variations, and are not as highly influenced by joint 
parameters such as fastener type and preload [14]. 
 
As discussed in CMH-17 [15], D953 has several 
limitations when applied to testing composite 
materials, which include the following: 
 

 Specimen layup is not specified, and there 
is no requirement to report the layup when 
testing composites. 
 

 Specimen geometry is inconsistent in some 
critical geometric ratios, such as end 
distance-to-diameter ratio and width-to-
diameter ratio, for the two standard 
thicknesses and hole diameters. This can 
lead to differences in the bearing strengths 
obtained using the two specimen 
geometries. 
 

 The data reduction methodology is tied to a 
parabolic shape that may not reflect actual 
force versus displacement response. 
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Similarly, prEN 6037 has limitations which include 
a lack of specimen layup definition/reporting as well 
as the specified loading procedure. The document 
mandates a force vs. displacement history analogous 
to that used in metallic bearing tests which is 
intended to measure stiffness once bearing yield is 
achieved. 
 
Conversely, ISO 12815 was harmonized with ASTM 
D5961, and contains requirements on specimen 
definition, loading procedures and reporting that are 
consistent with current best practices for composite 
testing. Standard layups (quasi-isotropic) are 
specified, and requirements on critical geometric 
ratios (width/diameter and end distance/diameter) 
are documented. Repeatability and reproducibility 
data are provided based upon testing of eight 
different composite materials, including carbon and 
glass fiber reinforcements, unidirectional tape and 
fabric material forms, etc. 
 
As ISO 12815 is currently the most technically 
rigorous and appropriate method for pin bearing 
strength of composite laminates, the author 
considers this standard to be the most appropriate for 
material qualification and acceptance test purposes, 
based upon the rationale discussed above. Use of 
ASTM D953 and prEN 6037 for such purposes 
should be done with requirements for specimen 
layup reporting and critical geometric ratios added, 
and should utilize force vs. displacement procedures 
and data reduction methods comparable to those of 
ISO 12815. 

4.2 Quality Assurance 

Tests used for composite quality assurance can have 
multiple purposes, and thus may require different 
test methods to be utilized. For example, some 
quality assurance tests are focused on composite 
manufacturing, for which the primary goal is to 
verify that the processed material is of acceptable 
quality. In this case, preferable bearing strength tests 
are those which are sensitive to material variations, 
and the most appropriate tests are analogous to those 
used for material qualification and acceptance. 
Based upon the rationale previously discussed, ISO 
12815 would be considered appropriate for these 
purposes. 
 
Conversely, some quality assurance tests are used to 
verify acceptable hole quality and fastener 
installation, in addition to basic composite quality. 
For these tests, it is desirable to utilize a test which 

more closely represents structural joints, but still 
exhibits significant sensitivity to material 
characteristics. While single shear tests may find 
applications in quality assurance testing, the use of 
double shear tests frequently can be preferable 
because of reduced sensitivity to fastener 
deformation and failure modes. 
 
ASTM D5961 Procedure A has many attributes 
which are desirable for quality assurance purposes.  
The machined loading strap bosses maintain a 
consistent contact geometry and area over which 
fastener clamp-up forces are reacted. Standard 
layups (quasi-isotropic) and specimen geometry are 
specified, along with procedures for hole geometry 
measurement, application of fastener torque, and 
force versus displacement monitoring. Detailed 
requirements for reporting of these critical items are 
included in the standard. Compared to ASTM 
D5961 Procedure D, the test is less sensitive to the 
effects of gaps and specimen stiffness. 
 
For these reasons, the author considers ASTM 
D5961 Procedure A to be the most appropriate for 
quality assurance evaluations when hole quality and 
fastener installation are parameters under 
investigation. Alternative methods, such as ASTM 
D5961 Procedure D, may also be appropriate 
depending upon criticality of loading scenarios. 

4.3 Structural Design and Analysis 

Tests used in developing data to support composite 
structural design and analysis are focused on 
assessing the performance of specific geometric 
configurations. In the case of bearing strength, test 
specimens must be geometrically representative of 
the as-designed structure in terms of thickness, end 
distance, edge distance, fastener head style, clamp-
up torque, etc. Thus, test specimens are innately less 
generic in nature, and must be adaptable to permit 
assessments which support multiple structural 
configurations. 
 
It is common practice to use single shear bearing 
specimens to establish strength design properties, as 
the majority of structural joints are loaded in single 
shear [14]. However, double shear tests may be 
appropriate when developing strength data for such 
joint configurations. Similarly, the usefulness of pin 
bearing strength data in structural design is limited, 
as most applications take advantage of the additional 
bearing strength capability which results from the 
application of fastener preload. 
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As previously discussed, ASTM D5961 contains 
multiple specimen configurations to cover a variety 
of geometries typical of structural design. A 
comparison of key D5961 attributes and applications 
is provided in Table 1. Within D5961, Procedures A 
and D are double shear tests which may be used to 
develop bearing design data for tension and 
compression loaded joints, respectively. 
 

Table.1. ASTM D5961 Test Procedures  
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Double Shear, One Fastener:     
  Tension Loading √    
  Compression Loading    √ 
Single Shear, One Fastener:     
  Tension Loading:   
      Unstabilized  √ √  
      Stabilized  √   
Compression Loading, Stabilized:  √ 
Single Shear, Two Fasteners:     
  Tension Loading:     
      Unstabilized  √   
      Stabilized  √   
Compression Loading, Stabilized:  √   

 
 
D5961 Procedures B and C may be used to develop 
single shear bearing strength data. Procedure C is 
limited to tension loading only, but is a simple test 
that can be conducted rapidly and requires less 
composite material than Procedure B. Procedure C 
tests can accommodate a variety of fastener and joint 
geometries, and provide a representative degree of 
restraint against joint rotation (which falls 
intermediate to the unstabilized and stabilized test 
configurations covered by Procedure B). 
 
As shown in Table 1, Procedure B tests provide the 
greatest degree of flexibility in terms of joint 
geometries and loadings covered. Compression 
bearing strength can be obtained when using the 
stabilization fixture. Tension bearing strength can 
also be obtained with a representative degree of 
rotational restraint through use of the fixture; if such 
restraint is unrepresentative for a particular 
application, unstabilized specimens can be tested. 
Additionally, two-fastener tests may be conducted to 

better represent the target application, in terms of 
rotational restraint and force distribution. 
 
ASTM D5961 is currently the most technically 
rigorous and appropriate standard test method for 
determination of composite bearing strength with 
fastener preload present. In particular, Procedure B 
provides configuration flexibility, can be used to 
develop both tension and compression bearing data, 
and provides a structurally representative degree of 
rotational restraint to single shear joints. For these 
reasons, the author recommends the use of ASTM 
D5961 Procedure B with stabilization for general 
structural design and analysis data generation 
purposes. 

4.4 Research and Development 

A common research topic associated with composite 
materials and structures is the prediction of damage 
progression and ultimate strength capability. In the 
case of bolted joints, prediction of strength is 
complicated by the complex deformation history of 
the bolted assembly, which is dependent upon 
multiple parameters including strap stiffness, 
fastener stiffness, rotational restraint, fastener-to-
hole clearance, local deformation at the hole and 
damage formation.  
 
Given the complexity of analysis predictions for 
bearing strength, it is often desirable to utilize a 
phased approach to model validation which 
addresses particular aspects of the problem one step 
at a time, leading to an over-arching solution. A 
typical sequence of validation tests would first 
address initial damage formation of the composite at 
the hole, followed by incorporation of representative 
fastener geometry, followed by incorporation of 
structurally representative fastener deformation and 
joint rotation. For such a progression, a 
recommended sequence of analysis validation tests 
would be as follows: 
 

 First, conduct pin bearing tests per ISO 
12815 to validate predictions for composite 
bearing damage initiation and propagation. 
 

 Second, use double shear bearing tests per 
ASTM D5961 Procedure A to validate 
modeling of fastener preload and 
head/collar effects upon local deformation 
and damage initiation/propagation. 
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 Finally, conduct single shear bearing tests 
per ASTM D5961 Procedure B or C to 
validate modeling of single shear joint 
deformation and damage progression. 

 

5 Recommendations for Future Activities 

One purpose of this manuscript is to promote 
discussion amongst the composites community and 
facilitate development of improved guidance 
material for composite bolted joint testing. It is the 
hope of the author that the material provided herein 
can provide a sound basis for the development of 
such guidance material, at least in the realm of tests 
for bearing strength. Additionally, the author has 
observed opportunities for further improvements and 
consolidation of standard bearing strength test 
methods, which will now be discussed. 

5.1 Standard Test Method Improvements 

While bearing test standards are mature, there 
remain aspects of particular tests that could be 
improved. The following are recommended areas for 
improvement of specific test methods: 
 

 ASTM D953 – incorporate standard 
specimen layup and associated reporting 
requirements, standardize critical specimen 
geometric ratios, and harmonize data 
reduction methodology with ASTM D5961. 
 

 ISO 12815 – permit use of a one-piece 
double-shear fixture similar to SRM 9-89, 
and consider adding guidance for test 
hardware based upon U. S. customary units. 

 
 ASTM D5961 Procedures A and D – 

publish repeatability and reproducibility 
results from round-robin testing to permit 
comparison of test variation to the ISO 
12815 pin bearing test, and consider 
incorporation of the SACMA SRM 9-89 
one-piece loading fixture to increase test 
throughput. 

 
 ASTM D5961 Procedure C – modify fixture 

to permit both tension and compression 
loading of the test specimen, publish 
repeatability and reproducibility round-
robin results for comparison to Procedure B 
data, and provide guidance on specimen and 
fixture scaling for tests utilizing alternative 
fastener diameters. 

 ASTM D5961 Procedure B – modify 
stabilization fixtures to decrease assembly 
and installation time, and provide guidance 
on specimen and fixture scaling for tests 
utilizing alternative fastener diameters. It 
should be noted that there are practical 
limitations on the maximum fastener 
diameter that can be tested using this 
specimen and stabilization fixture 
arrangement. 

5.2 Standard Test Method Consolidation 

The composites industry could also benefit from 
consolidation of overlapping test methods for 
bearing strength, to avoid duplication of effort and to 
promote efficiencies at test laboratories. The 
following are potential areas for consolidation of test 
methods: 
 

 Pin bearing – consolidate to ISO 12815 as 
best practice. This could be done by 
incorporating a normative reference within 
ASTM D953 for high modulus composites. 
D953 could incorporate guidelines for 
testing within the U. S. customary unit 
system.  
 

 Double shear bearing – consolidate ASTM 
D5961 Procedures A and D to permit both 
tension and compression testing using an 
individual specimen and fixture 
configuration. 

 
 Single shear bearing – consolidate ASTM 

D5961 Procedures B and C as these tend to 
overlap applications. Consolidation to 
Procedure C would require the capability to 
perform the test under compressive loading, 
thus the optimal near-term solution would 
be consolidation to Procedure B. 
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Abstract 

Carbon fiber reinforced cyanate ester composites are 

of interest for space structural applications where not 

only specific strength and stiffness are required but 

also dimensional stability and resistance to 

microcracking. While most studies have focused on 

unidirectional laminates, woven composites have 

proved to be advantageous over the latter and 

consequently, have received increased attention for 

structural applications. In this study, we have 

investigated the performance of such composite for 

space applications, focusing on the accumulation of 

damage from extreme thermal and externally applied 

stresses. We subjected a five-harness satin weave 

fabric in [0/45]s to TMA, DMA and 

micromechanical testing in three and four point 

bending. Results show that the thermal stresses in 

the 13 MPa to 16 MPa range are not sufficient to 

induce damage in the material. Cyclic tests in 

bending and at room temperature show that tensile 

stresses of 150 MPa are required to induce damage. 

 

1 Introduction 

Cyanate ester composites are currently of great 

interest for space structural applications since they 

have proved to be more efficient than epoxies both 

in terms of moisture absorption and resistance to 

microcracking [1]. In this work we have 

characterized the performance of cyanate ester / 

carbon fiber composites under extreme mechanical 

and thermal loading conditions associated with its 

use in satellites.  

     
2 Sample preparation and experimental setup 

Samples of 0.5 mm thicknesses with varying widths 

and lengths were cut using a precision diamond saw. 

For TMA tests, samples of 5 mm width and length 

were cut and tests performed using a TMA Q400 

thermo mechanical analyser. For DMA tests, 

samples of 5mm width and 55 mm length were 

prepared and tested using a DMA Q800 dynamic 

mechanical analyser. Finally, for micromechanical 

tests samples with width varying from about 3 to 5 

mm with length varying from 20 to 30 mm were cut 

and subjected to three and four point bending tests 

using a Fullam. Before testing, samples were ground 

and polished to perform imaging of before and after 

testing.  

 
3 Thermo Mechanical Analysis 

Dimensional change vs. temperature plots were 

obtained from the TMA data analysis software. 

From these curves, the coefficient of thermal 

expansion (CTE) could be obtained by measuring 

the slope. No significant change in CTE was 

observed after 16 thermal cycles where one thermal 

cycle is represented as follows: 20°C → 150 °C → 

20 °C. This result is consistent with previous work 

on various woven composites subjected to thermal 

cycling [2].  

  

4 Dynamic Mechanical Analysis 

Three point bending tests were performed under 

thermal cyclic conditions where temperature was 

varied from 20°C to -120°C. The storage and loss 

modulus were measured continuously by applying a 

small deformation during the thermal cycles. The 

modulus was measured at the “warm” end of the 

cycle (T = 20°C ) and at the “cold” end of the cycle 

(T = -120 °C) to ensure that the temperature did not 

affect the measurement of the modulus. We found 

that these thermal stresses were not high enough to 

induce any decrease in modulus, which would be an 

indication of damage.   

5 Micromechanical testing  

Micromechanical testing was performed using three 

point bending tests to assess damage accumulation 
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with stress. The sample was subjected to cyclic 

flexural loading, where the amplitude was increased 

at each cycle up to failure. Load and deflection were 

converted to stress and strain using classical beam 

theory, yielding the stress-strain curve of the 

composite (Figure 4).  

 
The unloading branch of each cycle was then used to 

measure the instantaneous modulus, which we 

normalized by the initial modulus E0. The modulus 

of the composite decreases for applied strain 

exceeding a threshold of 0.002-0.015, corresponding 

to a stress of 287-867 MPa. Past this point the 

modulus decreased continuously with applied strain, 

an indication of damage accumulation with 

increasing applied strain. The modulus eventually 

reached almost zero, corresponding to total failure of 

the material.  

 

Figure 5: E/E0 vs. Maximum strain applied on material 

We also performed flexural tests with in-situ optical 

imaging of the sample in order to observe the type of 

damage occurring in the material. Imaging revealed 

that a few major delamination cracks were the 

dominant damage mechanisms. These cracks are 

driven by the shear stresses developing in the 3 point 

bending configuration, and therefore they are 

predominantly mode II cracks. No other form of 

microcracking or major cracks was observed 

elsewhere on the sample. 

 

  

  

 
Figure5: Failure of a sample under three point bending 

 

6 Conclusions 

This study showed that thermal cycling did not 

induce an increase of surface microcracking in 

carbon reinforced cyanate ester composites of 

configuration [0/45]s and 0.5 mm thickness when 

subjected to cycling between 20°C and -120°C. 

Furthermore, no change in CTE of the material was 

observed when subjected to thermal cycling between 

20°C and 150°C and no change in flexural modulus 

was observed when cycling between 20°C and -

120°C. Micromechanical tests were performed under 

no thermal cyclic conditions and showed that failure 

occurred through mode II cracking between plies 

induced by shear stresses. These cracks softened the 

material significantly, eventually leading to rupture 

of the plies and total failure at a stress of about 0.9-

1.2 MPa.  
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1. Introduction  

In the present paper the effects of stitching 

on the energy absorption and crashworthy 

behaviour of composite box structures will 

be studied. The combination of 

unidirectional carbon fibre-reinforced 

polymer (CFRP) and glass fibre-reinforced 

polymer (GFRP) composite materials are 

used to laminate the composite boxes. 

Delamination study in Mode-I with the 

same lay-up was carried out to investigate 

the influence of stitching using natural flax 

fibres on the delamination failure, 

progressive crushing mechanisms and 

energy absorption capabilities of carbon 

fibre composite box absorbers under 

crushing load, using state-of-the-art 

techniques.  

Most of previous researches have studied 

the effect of interlaminar fracture 

toughness on the crushing process of 2D 

composite materials. As discussed before, 

FRP composite structures are likely to 

experience delamination during their 

service life. It could be a proper 

motivation to investigate the response of 

stitched composite materials (3D) under 

crush loading. 

Mouritz [1] published a comprehensive 

review into polymer composite laminates 

reinforced in the through-thickness 

direction with z-pins. Research into the 

manufacture, microstructure, delamination 

resistance, damage tolerance, joint strength 

and mechanical properties of z-pinned 

composites is described. Benefits of 

reinforcing composites with z-pins are 

assessed, including improvements to the 

delamination toughness, impact damage 

resistance, post-impact damage tolerance 

and through-thickness properties. Other 

experimental researches [2-6] have shown 

that z-pinning reduces the amount of 

delamination damage caused by impact 

events from low energy objects, ballistic 

projectiles and high-speed hailstones. 
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In this regard, the advanced manufacturing 

method is applied to stitch carbon-fibre 

composite testing specimens using 

sustainable natural flax fibres. The natural 

fibres running through the thickness of 

laminated composite structures will 

increase the resistance to crack 

propagation and consequently the energy 

absorption capability of composite 

absorbers. Natural flax fibres have the 

main advantage over the synthetic fibres 

(e.g. carbon and glass) of providing both 

resistance and progressive failure 

(effective crack growth resistance) in the 

wall of composite box absorbers (see 

Figure 1). Progressive failure can provide 

high energy absorption in a controllable 

behaviour which reduces the main injuries and 

death during a crash event. 

 

 

Fig. 1. Ideal crush zone of stitched boxes a) 

progressive failure by natural flax fibres, b) 

catastrophic failure by synthetic fibres and c) 

typical force-displacement diagrams. 

The double cantilever beam (DCB) 

standard test method was chosen for 

delamination studies. For non-stitched and 

stitched composite boxes the lamina 

bending and brittle fracture crushing 

modes were observed. It was found that 

the stitched composite boxes which show 

higher fracture toughness in Mode-I 

delamination tests, are not necessarily able 

to absorb more crushing energy in 

comparison with non-stitched composite 

boxes. It was also observed that the 

position of stitched area can affect the 

crushing mode and consequently energy 

absorption capability of composite box 

structures. Transverse cracking of θ -oriented 

lamina at interface caused some fibre bridging 

for most of DCB tests as shown in Figures 2 

and 3. The development of fibre bridging 

caused the force to continuously increase as 

the crack advanced resulting in a rising R-

curve. 
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Fig. 2. Force-load line displacement from 

DCB and stitched-DCB tests for mid-plane 

interface of C90//G0. 

 

Fig. 3. Transverse cracking in DCB specimen, 

(a) at crack tip and (b) typical pattern of crack 

propagation. 

2. Stitched Composite Box 

Absorbers 

The crush box specimens were made of the 

hybrid unidirectional carbon/epoxy and 

glass/epoxy by hand lay-up with fibre 

orientations in accordance to DCB tests. The 

composite boxes were stitched in two 

positions of 10mm (stitched-10mm) and 

20mm (stitched-20mm) from top end of the 

specimen using natural Flax yarns. Each 

specimen was crushed at the rate of 2mm/min 

between two parallel platens for 50mm stroke 

using a Universal Testing Machine with 500 

kN load cell. For each test configuration three 

specimens were tested [7].   

3. Progressive Crushing Process of 

Non-stitched and Stitched 

Composite Crush Box 

 

For all non-stitched composite crush boxes 

the lamina bending crushing mode was 

observed. The lamina bending mode is 

shaped with long interlaminar, 

intralaminar, and parallel to fibre cracks. 

This mechanisms cause the formation of 

continuous fronds which spread inwards 

and outwards. Friction and inter/intra 

laminar fracture controls the energy 

absorption of lamina bending mode. This 

high energy absorption is caused by a 

larger crush area and therefore a higher 

potential to absorb energy by bending and 

frictional effects at the platen/specimen 

interface. 

The brittle fracturing crushing mode which 

is a combination of transverse shearing 

and lamina bending which is called brittle 

fracture crushing mode was observed for 

all stitched composite boxes. In this mode 

the length of the interlaminar cracks are 

between 1 to 10 laminate thickness. In this 

case the main energy absorption 

mechanism is fracturing of lamina 

bundles. The highest energy absorption of 

composite tubes has been observed in 

brittle fracture and lamina bending 

crushing modes 

The comparison of force-crush distance 

behaviour of stitched-10mm and stitched-

20mm composite boxes together with non-

stitched ones from unidirectional GFRP 

and CFRP materials are compared in 

Figure 4.  
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This comparison shows that stitched-

10mm composite box has lower mean 

crushing force in comparison with non-

stitched composite box. In this case, the 

amount of energy absorption is lower than 

the relevant capability in non-stitched 

composite box. It should be mentioned 

that, the weight of all composite boxes is 

the same i.e., 137 ± 2 gr. In stitched-10mm 

composite box, the main central crack 

initiates and propagates for 10mm until it 

reaches to natural fibres which prevent 

further crack propagation.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 4. The comparison of force-crush distance 

in non-stitched, a) stitched-10mm and b) 

stitched-20mm composite crush box. 

 

At this stage the load increases until the 

main central crack overcomes the natural 

fibres resistance and then continues its 

propagation under crushing load (see 

Figure 4a). The maximum load of stitched-

10mm composite box was less than the 

similar load in non-stitched composite 

box. This phenomenon indicates that the 

crush force efficiency (CFE) of stitched-

10mm composite box is more than the 

CFE of non-stitched composite box. 

In the stitched-20mm composite box after 

elastic deformation, main central crack 

starts to propagate and at the same time 

load drops gradually. After crush distance 

of 20mm the main central crack reaches to 

the stitched area. Because of the resistance 

of natural fibres, the load starts to increase 

and this situation causes more energy 

absorption (see Figure 4b). 

Comparing the mean force results of 

stitched boxes to non-stitched composite 

box shows that the mean force for non-

stitched composite box made is Fm = 65 

kN, while the mean force of stitched-

10mm and stitched-20mm boxes are about 

63 and 75 kN, respectively (see Table 1).  

 

 

Table 1. Comparison of experimental 

maximum force, mean force and SEA. 

 

a 

b 
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LB = Lamina bending and  

BF= Brittle fracture 

In non-stitched and stitched composite 

boxes the lamina bending and brittle 

fracture crushing modes were observed. In 

these crushing modes the main central 

interwall crack which is similar to Mode-I 

crack delamination starts to propagate at 

four sidewalls of each composite box (see 

Figure 5).  

 

 

 

 

Fig. 5. Mode-I  interlaminar crack propagation 

at the central inter-wall, a) lamina bending 

crushing mode for non-stitched, brittle fracture 

mode for b) stitched-10mm and c) stitched-

20mm composite crush box. 

This situation causes to shape lamina 

bundles and resistance against the crushing 

load. In lamina bending mode, the main 

central crack causes to shape lamina 

bundles which has a significant role on 

absorbing the crushing energy. The 

crushing process of brittle fracture mode 

continues with some bundle fractures in 

internal and external bundles (see Figure 

6).  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 6. Plane view of crushed boxes, a) non-

stitched (lamina bending), b) stitched-10mm 

(brittle fracture) and c) stitched-20mm (brittle 

fracture). 

Laminate  

Lay-up 

Cushing 

failure 

mode 

Fmax 

kN 
Fm 

kN 
CFE 

% 
SEA 

kJ/kg 

Non-

Stitched-

[C90/G0]7 

LB 110 65 60 15.3 

Natural-

Stitched-

10mm 

[C90/G0]7 

BF 90 63 70 13.8 

Natural-

Stitched-

20mm 

[C90/G0]7 

BF 100 75 75 16.4 
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Earlier it was shown that stitching at the 

interface planes has a significant effect on 

Mode-I interlaminar fracture toughness.  

The GIC of initiation are more influential 

than the GIC of propagation in the energy 

absorption mechanism. It was found that 

the stitched composite boxes which 

showed higher fracture toughness in 

Mode-I delamination tests, are not 

necessarily able to absorb more crushing 

energy in comparison with non-stitched 

composite boxes. The main reason can be 

related to other mechanisms such as 

bending, friction and bundle fracture 

which significantly contribute to energy 

absorption. It was also observed that the 

position of stitched area can affect the 

crushing mode and consequently energy 

absorption capability of composite box 

structures. 

 

4. Mechanisms Analysis 

The composite boxes showed progressive 

crushing failure of lamina in bending and 

brittle fracture crushing modes. In the 

following analytical model which is based 

on an energy balance approach the mean 

crushing force, Fm, in axial crushing of 

square composite box is obtained.  

The external work of crushing platen is 

dissipated by mechanisms of friction, 

bending, fracture and shear deformation. 

The idealised crush zone for our analytical 

model is shown in Figure 7.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 7. Ideal crush zone, a) Lamina bending 

and b) brittle fracture crushing modes. 

The applied external work by force F 

during the crush distance z is  

zFU e   

(1) 

where  cosz  is the crush distance 

as shown in Fig. 7 and  is the crush 
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length of a single stroke. The maximum 

work done by external force happens when 

φ=π/2, z .  

The energy dissipated by friction between 

crushing platen and the debris inside the 

internal and external fronds in brittle 

fracture and lamina bending crushing 

mode can be obtained from, 

  x
F

U f 
2

21   

 (2) 

where,  sinx . The experimentally 

measured coefficient of friction is μ1=0.41 

for CFRP and μ2=0.36 for GFRP.  

The energy dissipated by frond bending 

was calculated by assuming that the whole 

cross section of the frond will reach to the 

flexural bending stiffness, b. 

The flexural strength, b, for each lay-ups 

of hybrid GFRP/CFRP was measured σb = 

440 MPa from 3PB experiment. The 

energy dissipated in bending for brittle 

fracture and lamina bending crushing 

mode at stationary hinge lines is 

 
 

  2

0

22

48

4


 bb
b

btdtb
U  

 (3) 

The energy dissipated by interlaminar 

crack propagation in Mode-I is calculated 

from interlaminar fracture energies. In 

lamina bending and brittle fracture mode 

there is one interwall Mode-I crack at the 

centre of each side wall of the box as 

shown in Fig. 7. Therefore, 

 ICd GbU 4  

 (4) 

The Mode-I interlaminar fracture 

toughness was measured experimentally 

by DCB test as discussed earlier.  

Dissipated energy by axial splitting at the 

four corners of the box for brittle fracture 

and lamina bending crushing mode is 

calculated based on the stress intensity 

factor. 

At fibre splitting we assume u  . The 

crack assumed to propagate similar to a 

crack growth in a single edge notched 

(SEN) plate where Y=1.12. Therefore, the 

dissipated energy in axial splitting for a 

fracture area of tA 4  is, 

z

u
c

E

t
U

225 
  

 (5) 

where Ez  is Young’s modulus in axial 

direction of the crush box.  
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The energy dissipated in shear deformation 

of matrix during steady state progressive 

crushing was estimated in [8-9]. 

By assuming during the crushing process 

the shear stress will reach to its maximum 

shear strength value of the 

laminate, ,s  the energy dissipated in 

shear deformation of laminate is 

12

2

12

2 2

2

1

G

tb
dV

G
U s

V

s


   

 (6) 

Dissipated energy due to bundle fracture 

was obtained by replacing the crush 

distance,   with the width of box, b/2. 

E

bt
U u

fbu

22

.

25.1 
    

 (7) 

where, E = Ey Brittle fracture and E = Ez 

Lamina bending   

The fracture area of bt
bt

A 2
22

8 















  

was assumed for eight internal and 

external fronds with crack growth assumed 

to be half the width of the side wall as 

observed in the experiments and Ez and Ey 

are Young’s modulus in longitudinal and 

transverse direction of the crush box.  

The energy balance for the brittle fracture 

crushing process during a single stroke 

crush distance is 

fbuscdbfe UUUUUUU .     

 (8) 

Substituting from Eqs. (1), (2), (3), (4), 

(5), (6) and (7) in Eq. (8), the energy 

dissipated by brittle fracture crushing 

mode, UBF, is 

  

 

y

us

z

u

IC

b

BF

E

tb

G

tb

E

t

Gb
tb

FU

22

12

222

2

21

25.125

4
4

1














 

   (9) 

Therefore, the mean oscillatory crushing 

force in a stable brittle fracture progressive 

crush is: 

  
 














































y

us

z

u

IC

b

E

tb

G

tb

E

t
Gb

tb

F

22

12

2

2

2

21

25.12

5
4

4

1

1

   (10) 

A single stroke crush distance for brittle 

fracture mode can be found from Eq. (10) 

by setting 0/  F  
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y

z

u

uyb

E

EbEtb
2

22

20

5







  

  (11) 

The energy balance for the lamina bending 

crushing process during a single stroke 

crush distance is 

fbuscdbfe UUUUUUU .    

(12) 

Substituting from Eqs. (1), (2), (3), (4), 

(5), (6) and (7) in Eq. (12), the energy 

dissipated by lamina bending crushing 

mode, ULB, is 

  

 

z

us

z

u

IC

b

LB

E

tb

G

tb

E

t

Gb
tb

FU

22

12

222

2

21

25.125

4
4

1














 

  (13) 

Furthermore, the mean oscillatory crushing 

force in a stable lamina bending 

progressive crush is: 
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22
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2
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   (14) 

A single stroke crush distance for lamina 

bending mode can be found from Eq. (14) 

by setting 0/  F  

2

22

20

5

u

uzb bEtb







  

    (15) 

The mean force during the progressive 

crushing can be found by calculating  

from Eqs. (10) and (14) substituting in 

Eqs. (11) and (15) (see Table 2). 

 

Table 2. Comparison of experimental and 

analytical mean force results of each 

laminate design. 

LB = Lamina bending and BF= Brittle fracture. 

In previous works of authors [2-3] the 

combination of crushing modes of lamina 

bending/brittle fracture and transverse 

shearing/ local buckling were analysed. In 

the current research stitching caused brittle 

fracture crushing mode while the lamina 

bending mode was observed for non-

stitched composite box. The results were 

in good agreement with the relevant 

experimental results and the discrepancy 

between experimental and theoretical 

Laminate 

Lay-up 

Cushing 

failure 

mode 

Fm 

(Exp.) 

kN 

Fm 

(Anal.) 

kN  

Error 

(%)  

Non-

stitched-

[C90/G0]7 

LB 65 60 7 

Natural-

Stitched-

20mm-

[C90/G0]7 

BF 75 66.3 12 
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results is less than 7% and 12% for lamina 

bending and brittle fracture crushing 

modes, respectively.  

As a result, delamination crack growth in 

Mode-I cannot far outweigh the bending, 

friction and bundle fracture mechanisms in 

energy absorption. Many other 

intralaminar fracture mechanisms such as 

fibre/matrix debonding, fibre breakage and 

matrix cracking are also contributing in 

dissipating the crushing energy. Finally, 

the stitched-20mm composite box showed 

higher mean crushing force and 

consequently higher energy absorption 

capability in comparison with non-stitched 

and stitched-10mm composite boxes. It is 

also concluded that stitching increases the 

interlaminar fracture toughness as well as 

energy absorption capability in the FRP 

composite structures. 

5. Explicit Finite Element 

Modelling 

The stitched composite box was modelled 

using finite element software LSDYNA. 

The size of outer cross section of the 

composite box was 80×80mm with a 

thickness of 3 mm. Trigger mechanism 

was modelled by reducing the thickness of 

the first row of shell elements at the top of 

each box.  

The hybrid composite box model was 

based on Belytschko-Lin-Tsay 

quadrilateral shell elements. This shell 

element is based on a combined co-

rotational and velocity strain. All surfaces 

of the model were meshed using quadratic 

shell element and the size of an element 

was 2.5×2.5mm. The striker was modelled 

as a rigid block using solid element.  

The delamination failure mode needs 

three-dimensional representation of the 

constitutive equation and kinematics, and 

cannot be treated in thin shell theory. The 

delamination failure mode requires micro-

mechanical modelling of the interface 

between layers and cannot be treated in 

thin shell theory that deals with stresses at 

macro levels. Thus, debonding and 

delamination are usually ignored when 

thin shell element are used to model failure 

in composite modelling. In this work the 

delamination behaviour in Mode-I was 

modelled with two layers of shell elements 

in the box wall. The thickness of each 

layer is equal to half of the total box wall 

thickness. The surface-to-surface tiebreak 

contact was used to model the bonding 

between the bundles of plies in the box 

walls. In this contact algorithm, the 

tiebreak works for nodes which are 

initially in contact. The failure of the 

bonding between these bundles takes place 

when the following failure criterion is 

fulfilled: 

1
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where σn and σs are normal and shear 

stress, respectively acting on the interface 

surface while NFLS and SFLS are the 

normal tensile and shear stresses at failure. 

The comparison between final element 

deformation from FE and relevant 

experimental results are presented in 

Figure 8. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 8. Comparison between a) FE and b) 

experimental results (in top view of 

crushed box). 

 

 

6. Discussions and Conclusions 

This paper investigated the new 3D (stitched) 

hybrid composite laminate which can 

significantly increase the interlaminar fracture 

toughness within the composite materials. This 

increase also causes the improvement of 

energy absorption capability and crush force 

efficiency (CFE) in the FRP composite 

absorbers.  

In non-stitched composite box the lamina 

bending crushing mode was observed while 

the brittle fracture mode was observed for 

stitched-10mm and stitched-20mm composite 

boxes. In these crushing modes the main 

central interwall crack which is similar to 

Mode-I crack delamination starts to propagate 

at four sidewalls of each composite box. In 

lamina bending mode, the main central crack 

causes to shape lamina bundles which has a 

significant role on absorbing the crushing 

energy. It was found that the stitched 

composite boxes which showed higher fracture 

toughness in Mode-I delamination tests, are 

not necessarily able to absorb more crushing 

energy in comparison with non-stitched 

composite boxes. The main reason can be 

related to other mechanisms such as bending, 

friction and bundle fracture which 

significantly contribute to energy absorption 

process. The maximum load of stitched-10mm 

composite box was less than the similar load 

in non-stitched composite box. This 

phenomenon indicates that the crush force 

efficiency (CFE) of stitched-10mm composite 

box is more than the CFE of non-stitched 

composite box. The position of stitched area 

a 

b 
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can affect the crushing mode and consequently 

energy absorption capability of composite box 

structures. The stitched-20mm composite box 

showed higher mean crushing force and 

consequently higher energy absorption 

capability in comparison with non-stitched and 

stitched-10mm composite boxes. It can be 

generally concluded that stitching increases 

the interlaminar fracture toughness as well as 

energy absorption capability in FRP composite 

structures. 
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1 General Introduction  

The complexity of fibrous architectures (especially 
for 3D woven or braided structures), used as 
reinforcements for composites in structural 
applications (mainly in aeronautics), leads to 
perform simulations at elementary cell level (the so-
called VER) [1-4; 6-9]. Many studies have shown 
significant differences (up to 30%) between the 
stiffness obtained by the VER behaviour resulting 
from models and experiments [10-12].  
Such differences are mainly due to wrong 
geometrical descriptions of these elementary cells 
from which finite element meshing are performed 
[13]. These geometrical parameters include, in a 
non-exhaustive manner, the interlacing path of 
strands and the choice of cross sections (shape, ratio 
aspect) [14-15]. A special attention must be paid to a 
bad description of reinforcements orientation as it 
affects material directions and therefore the material 
basis used to described the orthotropic behaviour [5, 
7].  
Moreover, penetrations between the strands is a 
common problem experienced in software packages 
devoted to the generation of elementary cells [20, 
21]. The software package WiseTex [16-18] 
contains a textile pre-processor that utilises the 
principle of minimum energy to calculate strand 
trajectories and strand cross section shapes. The 
strand cross section shape is assumed to be constant, 
although its size is allowed to vary.  
In TexGen, the yarn trajectories are defined by 
splines through sets of master nodes. Sherburn et. al 
[19] proposed a method to generate spatial textile 
models in TexGen together with a commercial FE 
software, using an energy approach. However the 
method utilises a procedure where the architecture is 
projected onto a single plane. It is therefore not 
applicable for textiles with crimped out-of-plane 
yarns, as in the case of 3D-weave [13]. 

To refine geometrical description of their models, 
many authors rely only on the cross sections based 
on tomographic picture performed on resin coated 
reinforcements [4, 13, 21]. Some studies describe 
more precisely strands in unit cell of woven 
reinforcements by 3D Beam element taking into 
account transverse deformations in compaction [22]. 
 All of these approaches disclose the fibrous 
structure complexity, once the weaving process 
achieved. However, strands are subject to significant 
load during the process which modify their 
positions, orientations but also their transversal 
properties due to contacts with mechanical parts of 
the loom and friction with others strands. Unlike 
studies conducted in braiding [23] or knitting [24] 
few numerical tools focus on simulating the weaving 
process. The objective of the present study, which is 
part of the NUMTISS research program, is to 
develop a simulation tool that mimics the weaving 
process to obtain more realistic textile samples. 

2 Basic kinematic motions of the weaving process 

To understand the mechanics of the weaving process 
on a industrial weaving loom, the tracking of parts 
motion of some strategic elements on the industrial 
weaving loom (reed, heddles, rapier,..) have been 
carried out. The tracking obtained from the video of 
the high speed camera will help us to check the 
kinematic of the numerical model. 
The weaving of two orthogonal yarns, respectively 
the warp and weft yarns, occurs in a precise area of 
the loom, allowing the shed motion, the filling 
insertion and the reed beat up. 
The kinematic of the fabric forming zone (see Fig. 
1(a)) can be described by these three main steps : 

� Step 1: Selection of each heddles involving 
the motion of warp yarns into two positions 
(up or down) (see Fig. 1 (b)). The obtained 
angle between these two warp yarns plans 
gives the shed value. 

Numerical approach of the weaving process for textile composite 
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� Step 2: Pick-in of the weft yarn (filling) 
inside the shed (see Fig. 1 (c)). 

� Step 3: Beat up of the weft yarn on the 
fabric by the use of the weaving reed (see 
Fig. 1 (d)). 

The proposed simulation tool tends to reproduce all 
these main production steps in order to simulate the 
complete behaviour of warp and weft yarns during 
the weaving process. 

3 Numerical simulation of a plain weave fabric 
(FEM) 

3.1 General remarks 

As the process is a time depend problem, 
simulations are conducted with an explicit solver in 
the industrial software Radioss [25]. One of the 
objective of the intended numerical tool is to 
simulate the strands interlacing at some steps. To 
control computation time, only the reed is modelled 
by a rigid body. The heddles motions are transcribed 
via kinematic constraints imposed to strands. 

3.2 Numerical model description 

Yarns setting-up: Yarns are considered deformable 
with a transverse isotropic elastic law; this material 
law is the one of E-glass yarn (see Table 1). For 
meshing parts, 8-nodes hexahedra solid elements 
were used (see Fig. 2 (c)). Strands friction is 
described by a Coulomb's law with a friction 
coefficient equal to 0.3. The yarn has a circular cross 
section before the weaving process (Figure 2(c)), 
due to the given initial twist. 
Reed setting up: Reed was modelled by a steel plate 
composed of 4 quadrilateral elements, in which an 
horizontal displacement has been imposed (see Fig. 
2(b))  
Contact setting up: Contacts between warp and weft 
yarns were represented like contacts between 
deformable surface, and contact between the reed 
and the weft yarns as a contact between a master 
surface (reed) and slave nodes (weft) [25]. 
Boundary conditions : 
The warp yarns displacement is set by simulating the 
heddles vertical motion (see Fig. 2 (a)). Afterwards, 
the weft yarns are constrained to a free horizontal 
motion. Weft yarns tension that occurred during 
weaving is modelled by fixing weft yarns at edges. 
Then, the warp and weft interlacing yarns zone is 

modelled by a rigid plate that can stop weft yarn 
when the reed is beating. 
It was decided to perform an acceleration of the 
weaving kinematic to decrease computation time. 
The weaving cycle which lasts 600 ms for a weaving 
speed of 100 RPM on an industrial loom, was 
accelerated to 1.6 ms for our model. Being at high 
speed is not a problem for the moment, as we choose 
to not take into account strain rates in the material’s 
behaviour law. The computing time required was 
approximately 24 hours with 16 CPUs, for 
modelling the production of a weave fabric 
compounds of 8 warps and 4 wefts yarns. 

3.2 Simulation results for E-glass plain weave 
fabric 

Fig. 3 (a) depicts the numerical simulation of a plain 
weave elementary cell including 8 warp and 4 weft 
yarns. Modelling with 8 warp yarns was a good 
compromise between a reasonable CPU time and a 
good representation of the edge effects occurring 
during the reed beating. 
Fig. 4 and Fig. 5 show a good agreement between 
images of E-glass plain weave fabric cross section 
produced experimentally and cross section images of 
the numerical model of plain weave fabric. 
Comparison has been made in different planes cut in 
warp and weft directions (0.5 mm interval between 
each plane cut). For instance, Fig. 5 (a) and (e) 
represent a cross section that goes through the weft 
yarn center, and figure 5 (b) and (f) a cut that goes 
through between two weft yarns. Images from Fig. 5 
shows a realistic warp yarn cross section 
deformation, which was initially circular (see Fig. 2 
(c)). We can notice that this deformation is more 
important for warp yarns than for weft yarns in the 
numerical model, with a gap of 0.1 mm (See Fig. 4 
and Fig. 5). This difference can be explained by weft 
yarns which are only blocked on their extremities 
and then, can't be subjected to initial tensile stress; 
while warp yarns are blocked into the weave 
forming zone and are subjected to a light tensile 
stress due to Z-node displacement, resulting from 
heddles motion imposed to warp yarns. Besides, it 
will be interesting to add more weft yarns in the 
model, due to the fact that the first inserted weft 
yarns help to create the fabric structure and then 
can't be blocked into the weave forming zone. 
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E11 (Mpa) E22,E33 
(Mpa) 

G23,  G31 

52500 [4] 0.6 

Table 1. E-glass material law used in the simulation of the plain weave fabric.

Fig. 1. (a) Scheme of the fabric forming zone on a simplified
weft yarn
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glass material law used in the simulation of the plain weave fabric. 
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fabric forming zone on a simplified weaving loom ; (b) Shed motion 
weft yarn ; (d) Beat up of the weft yarn. 
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Fig. 2. (a) Configuration of kinematic conditions to produce a 2D plain weave fabric ; (b) Configuration of the warp 
and weft interlacing yarns zone ; (c) Meshing of yarn section with solid elements.
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Fig. 3. (a) Numerical model of a glass plain weave fa
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. (a) Configuration of kinematic conditions to produce a 2D plain weave fabric ; (b) Configuration of the warp 
interlacing yarns zone ; (c) Meshing of yarn section with solid elements.
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glass plain weave fabric (300 Tex) ; (b) Picture of a glass plain weave fabric (300 Tex).
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. (a) Configuration of kinematic conditions to produce a 2D plain weave fabric ; (b) Configuration of the warp 
interlacing yarns zone ; (c) Meshing of yarn section with solid elements. 
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bric (300 Tex) ; (b) Picture of a glass plain weave fabric (300 Tex). 
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Fig. 4. (a), (b), (c), (d) Warp cut of a real plain weave fabric, 
mm, plan A-A + 1.5 mm ; (e), (f), (g), (h) Warp cut of a numerical plain weave, respectively 
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. (a), (b), (c), (d) Warp cut of a real plain weave fabric, respectively cut plane A-A, plan A
A + 1.5 mm ; (e), (f), (g), (h) Warp cut of a numerical plain weave, respectively cut 

mm, plan A-A + 1 mm, plan A-A + 1.5 mm. 
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Fig. 5. (a), (b), (c), (d) Weft cut of a real plain weave fabric, respectively cut plane A
+ 1 mm, plan A-A + 1.5 mm ; (e), (f), (g), (h) Weft cut of a numerical plain weave, respectively 

A+ 0.5 mm, plan A
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. (a), (b), (c), (d) Weft cut of a real plain weave fabric, respectively cut plane A-A, plan A
A + 1.5 mm ; (e), (f), (g), (h) Weft cut of a numerical plain weave, respectively 

A+ 0.5 mm, plan A-A + 1 mm, plan A-A + 1.5 mm. 
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Conclusion 
A numerical model (FEM) was performed to 
describe strain phenomena of yarns when we 
produce E-glass plain weave fabric, with 300 Tex 
yarns. Weaving simulation results with an isotropic 
transverse behaviour's law from glass strand has 
been introduced, and compare with pictures of warp 
and weft cross sections coming from coated 
samples. A good correlation, in different cut plane, 
has been established between coated sample pictures 
and numerical model pictures. Results for simulation 
of satin 8 and 2-2 twill E-glass fabrics will be 
presented soon, as well as for interlock structures. 
Then, tomographies from 2D and 3D E-glass 
structures produced, will enable us to perform a 
comparison more precise with numerically simulated 
weaved fabric. 
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1 Introduction  
 
Liquid Composite Molding (LCM) and especially 
Resin Transfer Molding (RTM) are increasingly 
used manufacturing processes for producing high 
quality and complex composite structural parts.  
Moreover, RTM process has recently gained great 
interest due to its ability of producing thermoplastic 
structural parts, which could open up new 
opportunities to many domains requiring high 
performance and recyclable materials, such as 
automotive, aerospace or aeronautics for example. 
 
A typical LCM process can be divided into several 
steps. The dry fiber reinforcement called preform is 
cut and placed into the mold cavity. The mold halves 
are then clamped. The liquid resin is subsequently 
injected and flows through the fibrous network. 
During injection, the resin evacuates air out of the 
mold cavity and impregnates the preform before the 
consolidation phase occurs. In that stage, dry spot as 
well as voids might be created. Voids can also form 
due to partial volatilization of gases during curing. 
However, the leading cause of void formation in 
LCM is mechanical entrapment of air during the 
resin injection step. Hence, we will focus only on 
flow-induced void formation in this work. 
 
The quality of LCM products and the efficiency of 
the process depend strongly on the impregnation of 
fiber preform during the mold-filling stage. It has 
been indeed shown [1] that porosities drastically 
affect mechanical performances, such as 
interlaminar shear strength, flexural strength and 
compressive strength. They also have a detrimental 
effect on crack initiation, fatigue life and on 
moisture absorption. In this context, reliability and 

security criteria have led aeronautics and automotive 
industries to require a strict determination of the 
residual void fraction after manufacture, and to 
reject final parts containing more than 2% of void 
[2]. 
 
Several investigators [2–5] have conducted 
theoretical analysis of void formation and void 
transport during impregnation through a fibrous 
media. Researchers have been found that the dual-
scale architecture of woven reinforcement is mainly 
responsible for air entrapment [2-3]. 
 
The fabrics that are commonly used consist of tows 
which are woven together. These tows themselves 
are made of several thousands of fibers. Therefore, 
they generally present two kinds of porosities with 
significantly different pore sizes: micro-porosity, 
which is located within the tows, and macro-
porosity, which is located between the tows. These 
double-scale porous media leads to a competition 
between the viscous flow in the macropore and the 
capillary wicking in the micropore (figure 1). It was 
found that for low fluid velocities, capillary forces 
become dominant inducing the fluid to flow through 
the fabric tows, where the porosity is smaller and the 
capillary pressure is higher. As a result, air is 
entrapped in the inter-tow area. However, when the 
resin velocity increases, the viscous forces prevail 
over the capillary ones, making the resin surround 
fiber tows. As a consequence, bubbles are created 
within tows. 
Once air has been entrapped nearby the resin front, 
the bubbles can vary in size and position with time, 
according many scenarios, as explained in [2], 
leading to the formation of a partially saturated zone 
behind the flow front. 
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Numerous experimental studies from several authors 
have been carried out in order to have an 
understanding of the mechanisms of void formation. 
Bascom and Romans [1] were the first to confirm 
the presence of micro-voids by microscopic 
observation of composite samples, and to show their 
effect on material strength. Many researchers [3], 
[4], [6-7] quantified a posteriori the void content in 
a fibrous preform, and showed that it might be 
correlated with a dimensionless parameter called 
capillary number Ca, which reflects the relative 
effect of viscous forces and surface tension.  

 

�� � μ ��
�  (1) 

 
where µ is the dynamic resin viscosity, ��  is the 
global resin velocity, and � its surface tension. By 
plotting the void content versus Ca, results draw a 
characteristic V-shaped curve, so that one can 
determine an optimal Ca (or impregnation velocity) 
for which the amount of created voids is minimal. 
Lebel et al. [8] recently proposed a model based on 
the fibrous reinforcement properties to predict this 
optimal value. 
 
On the other hand, research oriented towards 
quantifying saturation during the filling is quite 
limited. Even if several authors have contributed to a 
better understanding and modeling of the 
mechanisms of formation and transport of voids 
during injection, very few experimental approaches 
allowed a direct measurement of the dynamic 
saturation curve. Ruiz et al. [9] obtained quite 
interesting results using a non-intrusive monitoring 
technique based on a 2D optical tomography 
reconstruction (VLT method). This setup allows the 
determination of the partial saturation of the preform 
by measuring the filtered visible light transmitted. 
Nordlund et al. [10] used a similar methodology also 
based on optical observations. They conducted an 
injection at constant flow rate in a transparent 
mould. Video acquisitions are thereafter transformed 
into saturation level by image analysis. This 
approach was validated by a microscopy analysis 
and coupled to a multiphase flow model. We may 
also mention Seto [11] who performed a similar 
technique based on image analysis for an anisotropic 

woven fabric. Labat [12] developed a homemade 
conductivity sensor made of two brass electrodes in 
order to measure the electrical conductance of the 
fibrous media. Several injections of a conductive 
model fluid in an insulating preform made of glass 
fiber were carried out at constant pressure and flow 
rate, allowing the determination of the evolution of 
saturation as a function of time and position. Later, 
Guéroult [13-14] continued this work by using 
permittivity sensors whose response depends on 
dielectric properties of the fibrous media and of the 
liquid. Theses sensors were able to perform for a 
wide range of liquids and preforms. This study 
presents an original approach in which heat transfers 
are used to detect the saturation profile. Heat 
conduction is indeed sensitive to porosities, 
therefore by the degree of filling of the preform. 
Therefore, the idea is to develop an experimental 
bench allowing the dissipation of a heat flux within 
the fibrous preform. Thereafter, heat transfer will be 
exploited in order to identify the saturation curve 
during the impregnation of the studied dual-scale 
fibrous media.  
 

2 Experimental bench 

2.1 General description of the bench 

An experimental bench [13] initially devoted to 
permeability measurements was modified (a picture 
of the bench can be seen in figure 2 and a cross-
section in figure 3) . This apparatus allows the 
unidirectional injection of a model fluid into a textile 
preform. The position of the lower part of the mold 
(made of steel) can be adjusted vertically very 
precisely thanks to several dial indicators, in order to 
obtain the desired thickness of the molding cavity, 
and therefore, the desired fiber volume fraction. The 
upper part of the mold, made of glass, allows a 
direct visual control during the impregnation of the 
reinforcement. The preform has a size of 400 mm x 
100 mm, and a thickness of 2.74 mm. A 
compressible silicone tape is surrounding the 
preform in order to ensure the sealing and to prevent 
racetrackings. A dosing syringe containing the liquid 
mounted on a tensile testing system allows an 
accurate control of the fluid flow rate. The 
maximum allowable pressure in the mold is 3.105 
Pa.  
 
 

ICCM19 2219



 

3  

EXPERIMENTAL STUDY ON THE IDENTIFICATION OF THE SATURATION OF A POROUS MEDIA 
THROUGH THERMAL ANALYSIS

 

Thin transparent heaters made of optical grade 
polyester are glued to the underside of the glass 
plate, that keep an excellent view of the injection in 
progress. They are able to dissipate a uniform heat 
flux density which is quantified accurately. A heat 
exchanger fixed under the steel plate absorbs the 
heat released. Three heat flux sensors, mentioned as 
HFS1 to HFS3, are integrated in the bottom steel 
plate at positions 85, 210, and 335 mm from the 
beginning of the preform. They record the thermal 
response of the porous material through the 
transverse wall heat flux (z-axis). Furthermore, 
several K-type thermocouples are placed at various 
locations of the bench. This setup is also equipped 
for the saturation measurement by a conductometric 
method, which is detailed in [13]. The sensor is 
made of two rectangular brass electrodes 
(100x6x0.05 mm), placed facing each other on both 
sides of the preform. By applying a periodic voltage 
between them, the conductance of the medium is 
derived from the measurement of the voltage at the 
terminals of a shunt resistor.Temperatures and 
voltages are recorded using Yokogawa™ DL750 and 
DAS™ 1400 acquisition systems with an acquisition 
frequency of 20 Hz. 
 

2.2 Experimental protocol 

All experiments were performed by injecting a 
liquid through the length of glass fabrics at constant 
flow rate. The fluid has been selected so that its 
properties (viscosity, surface tension and contact 
angle) are close to those of a classical resin used in 
RTM process. It is a mixture between glycerol (87 
%v), water (12.6 %v), surfactant (0.3 %v), and a small 
amount of potassium chloride (0.1 %v), in order to 
enhance the electrical conductivity. The 
reinforcement is a stitched unidirectional fiberglass 
cloth (2K filaments/tow), and the injection is made 
along the fibers (x-axis). A particular care is taken 
for cutting and placement of reinforcements in the 
mold. To ensure that the stitches which are oriented 
in the direction perpendicular to the flow do not 
overlap, their positions are alternated between each 
ply. All properties are summed up in Table 1. 
 
The injection of fluid is performed at constant flow 
rate (~2.1 mL.min-1) and is isothermal. The heaters 
are turned on as soon as the liquid penetrates into the 
preform, and power is kept constant during the 
whole duration of the injection. The intensity of this 

heat source is chosen so as to avoid a temperature 
rise of more than 10 °C in the preform.  
 

3 Modeling  

3.1 Heat transfer modeling 

 
The imbibition of the preform by the liquid changes 
significantly the thermal properties of the porous 
medium, going from a completely unsaturated state 
(S=0), to a state of maximum saturation (S~1). Heat 
transfer in the porous medium is modeled in a 
simplified manner by means of the convection-
diffusion equation (Eq. 2) and solved with FEM 
using Comsol Multiphysics™ software. Three-
dimensional modeling is performed to account of the 
lateral heat losses. More specifically, saturation is 
taken into account in this model through the 
evolution of thermophysical properties 	, ��  and � 
of the porous media, as described in the next sub-
section. 
 

 	������, ���� ��
�� � 	������, ���� ��� ��������
� ���. ������, ��� ��������� 

(2) 

 
The interface is assumed to be planar, and the front 
velocity (noted ���  in the above equation) to be 
constant and equal to the average interstitial 
velocity, or Darcy velocity. 
 

� � �
� �1  !"#� (3) 

 
where Q is the volumetric flow rate, A the section of 
the molding cavity, and !"#  the fiber volume 
fraction. 
 
The thermophysical properties of the porous media 
depend on the saturation value at the abscissa 
considered. Many researchers showed, either by 
experimental measurements [9,10,12,14] or 
modeling [2,10,15], that the saturation of a fibrous 
preform by a liquid was described by a characteristic 
curve such as the one depicted in figure 4. This latter 
is modeled using several constant geometric 
parameters: the length of the unsaturated front (l), 
the value of saturation at the inflection point (yi), and 
the maximal saturation at the beginning of the 
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preform (Smax). Guéroult et al. [13-14] observed that 
this curve followed a simple translation in the case 
of an injection at constant flow rate. The average 
interstitial velocity being constant, the ratio between 
viscous and capillary forces remains indeed 
constant, which is not the case in a constant-pressure 
injection. xi is the only time-dependent parameter 
which allows to translate this curve to complete the 
filling.  
 
A sensitivity study has been carried out firstly to 
confirm the sensitivity of each parameter of the 
saturation curve on the transverse heat flux, as 
shown in figure 5.  The reduced sensitivity Xw of the 
variable Z to a parameter w is expressed by  
 

$% � & �'
�& (4) 

  
The graphs 5a, 5b, and 5c show that the transverse 
heat flux is sensitive to all of these parameters for 
the three sensors. These results highlight the ability 
of using heat fluxes to detect the saturation, provided 
that material properties are accurately characterized. 
 

3.2 Characterization of thermo-physical 
properties 

Effective thermophysical properties of the dry and 
fully-saturated porous medium in transverse and 
longitudinal directions have been measured by 
several methods (see Table 2), and their results have 
been then cross-checked and compared with good 
accuracy.  
 
In order to describe these properties between the 
lower and upper values (namely when the saturation 
evolves between 0 and 1), their evolutions have been 
modeled. The sensitivity analysis shows that the 
transverse heat flux is almost not affected by the 
longitudinal conductivity λx (fig. 5d). Therefore, a 
straightforward law of mixtures for the longitudinal 
conductivity as well as for the volumetric heat 
capacity (ρCp) has been used (eq. 5 & 6). In the 
following, the notation ST for the saturation (or total 
saturation) is introduced. 

 �(��)� � ��(�*+,- � �) .��(�*+,/  ��(�*+,-0 (5) 

�	 �����)� � �	 ���*+,-
� �) 1�	 ���*+,/  �	 ���*+,-2 (6) 

 
However, the conductivity being an intensive 
property, a particular attention has been paid for the 
modeling of the transverse thermal conductivity. 
 
3.3 Transverse thermal conductivity modeling 
using a homogenization methodology 
 
In order to describe the thermal behavior of the 
porous medium during the injection, one can 
distinguish two types of voids: 
-the micro-voids (~10-50 µm), which appear inside 
tows, and 
-the macro-voids (~0.5-1.0 mm), which appear 
between each tow. 
Hereinafter, two different saturations are considered: 
-the micro-saturation Sµ, defined as the tows degree 
of filling (figure 6). 
-the macro-saturation SM, defined as the inter-tows 
degree of filling (figure 7). 
 
These multi-scale saturations are linked to the total 
saturation by a linear combination involving 
geometric parameters related to the reinforcement, 
according  
 

�) � 3!4#  !"#1  !"#
5 �6 � 31  !4#1  !"#

5 �7 (9) 

 
where !"# represents the fiber volume fraction, and 
!4# the tow volume fraction in the composite. 
 
Assuming a certain pore morphology and by means 
of microscopic observations of the preform, two 
representative elementary volumes have been built 
(see figures 6 and 7) with the appropriate 
dimensions (see fibrous preform data in Table 1). 
The saturation at each scale has been modeled by 
growing air bubbles within tows, or in the inter-tow 
area. Afterwards, assuming periodic boundary 
conditions over the edges of the unit cell, a 
homogenization method based on asymptotic 
expansion [18] has been performed sequentially at 
the two scales. The effective thermal transverse 
conductivity has been computed for all possible 
scenarios, that is to say for all pairs {micro-
saturation/macro-saturation}. The input parameters 
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used in the homogenization procedure are listed in 
Table 3. Thermal conductivities of the fluids and of 
the glass-fiber are assumed to be isotropic. Results 
are plotted in figure 8. 
 
This abacus firstly reveals a large conductivity 
contrast between completely-dry and saturated 
preform, the value going from 0.08 to 0.55W.m-1.K-

1, which we will benefit in the identification. 
Secondly, it clearly appears that for a single 
saturation value ST, there are multitude of potential 
micro / macro distributions, representing a wide 
scattering of thermal conductivities. If we could 
determine both the conductivity and saturation ST, it 
implies we would be able to discriminate the 
proportions of macro and micro voids in the 
composite. By defining the parameter α as the ratio 
between micro- and macro-saturation, we can draw 
‘iso-α’ curves (represented as black lines in figure 
8). 
 

8 � �6�7 (10) 

 
In fact, the capillary number is slightly different 
from the optimum capillary number for this 
injection, which means that it remains few voids 
once the preform is filled. Studies that were 
conducted on the same reinforcement and the same 
fluid [13] showed that the residual void content 
never exceeded 3% at this flow rate, which provides 
us directly limit values for alpha (0.9<α<1.1). We 
observe that the conductivities are relatively 
insensitive to α, so that the extreme values represent 
a reasonable envelope of thermal conductivity, 
which will be considered in the following. 
 

4 Identification of the saturation  

4.1 Thermal identification 

 

Preliminary experiments without any flow were 
performed in order to estimate the thermal boundary 
conditions, and to ensure the accuracy of the 
calibration of the sensors that was carried out 
beforehand. These experiments were conducted with 
fluid only (figure 9), or with dry preform only. Three 
thin heat flux sensors and three thermocouples are 
placed on top of the glass plate (fig. 3), and allow 

the determination of the heat transfer coefficient 
between the glass plate and the surroundings.  
 
Besides, numerical temperatures and heat fluxes are 
computed by solving a 1D heat conduction problem, 
so as to estimate the thermal contact resistance 
(TCR) between the heat exchanger and the steel 
plate. The estimation of these parameters leads to 
similar results for both experiments. Table 4 sums 
up some of the properties and boundary conditions 
that are used in the following. 
 
Experimental wall heat fluxes have been plotted in 
figure 10. The heaters are turned on at t=0, when the 
liquid impregnates the very beginning of the 
preform, and dissipate a heat flux density of 
1600W/m². As long as the preform remains dry, the 
problem reduces to a simple 1D-conduction 
problem, and the three heat flux curves are roughly 
the same and correspond to the calibration (fig. 9). 
However, more complex heat transfer occurs in the 
vicinity of the liquid front. In fact, there is non-
negligible planar conductive transfer in the glass 
plate in the upstream direction due to heat that has 
been stored above the preform remained unsaturated 
(the dry preform being more insulating than the 
glass plate). This heat supply contributes to enhance 
the transverse heat flux, which emphasizes the 
passage of fluid. As a consequence, the arrival of the 
partially saturated zone in front of each sensor 
corresponds to the sharp rise of the measured heat 
fluxes. After the front, the advection term being 
negligible, heat transfer becomes quasi-stationary 
and transverse heat fluxes tend to constant values. 
The saturation curve parameters are then determined 
by minimizing the cost function defined as the 
square difference between the measured and 
computed wall heat flux (Eq. 11). 
 

9��:�(, ;< , =� � > >�?@AB  ?@A�CD

@,/A
 (11) 

 
where n is the number of time step, k the sensor 
number, ?E  the experimental transverse heat flux, and ? the computed transverse heat flux. 
 
Numerical wall heat fluxes have been plotted in 
dashed lines. Heat losses between the mold and its 
metallic structure have been modeled using a 
boundary condition of the third kind on the lateral 
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faces of the mold. We observe a good agreement 
between computed and experimental heat fluxes, 
even if we can notice some discrepancies for time 
steps greater than 1300 s.  
 

4.2 Identification by conductometry 

A periodic voltage of 1V and 100Hz is applied 
between the electrodes, and their overlapping area is 
sized to avoid electrical edge effect and is placed in 
the mid-section of the mould to avoid flow edge-
effect. The voltage at the terminals of a shunt 
resistor is monitored during the injection. On each 
electrode is fixed an 80µm diameter K-type 
thermocouple (its small size is supposed not to 
interfere with the flow). Particular care has been 
paid to the electrical insulation of these 
thermocouples as well as that of the electrodes. The 
relation between conductance and void fraction has 
been established by adding small glass beads of 
known diameter in a conductometric test cell, their 
negligible electrical conductivity acting as air 
bubbles. The electrical conductivity of the liquid 
being highly temperature dependent, the voltage 
signal is corrected afterwards, by interpolating the 
temperature profile between the two electrodes. The 
signal is also adjusted, taking into account the width 
of the sensor, which tends to average the 
measurement.  
 
The saturation curve obtained through thermal 
analysis is finally compared with the one measured 
by the conductometric sensor. The comparison 
between these two estimated saturations is depicted 
in figure 11. One can note a very good agreement 
between both methods. The experimental results 
confirm that there is still residual voids near the 
front, defining thus an unsaturated zone (the length 
of this bubbly zone ‘l’ is estimated to 1.0cm). The 
degree of saturation at the inflection point is found 
to be about yi=0.90 for both methods. Nevertheless, 
slightly different results are observed for the value 
of the maximum saturation, this parameter clearly 
having the lowest sensitivity. 
 

5 Conclusion 

 
An innovative method was proposed to determine 
the saturation curve of a fibrous media in typical 
conditions of a RTM-process. An experimental 

bench has been developed in which injections of a 
liquid in a unidirectional glass preform have been 
performed at constant flow rate. Heat transfer has 
been quantified using a simplified model and 
restrictive assumptions. A special care has been paid 
to the modeling of the transverse thermal 
conductivity, which has been realized using a 
homogenization methodology. This estimation has 
been coupled with a well-tried method based on 
conductometric measurements. Comparison of the 
results reveals a good agreement between both 
estimated saturation profiles, which tends to prove 
the ability of detecting the saturation using heat 
transfer. 
 

References 

[1] W. D. Bascom and J. B. Romans, 
“Microvoids in glass-resin composites: their 
origin and effect on composite strength,” Ind. 
Eng. Chem. Prod. Res. Dev, vol. 7, no. 3, pp. 
172–178, 1968. 

[2] C. H. Park, A. Lebel, A. Saouab, J. Bréard, 
and W. Il Lee, “Modeling and simulation of 
voids and saturation in liquid composite 
molding processes,” Composites Part A: 
Applied Science and Manufacturing, vol. 42, 
no. 6, pp. 658–668, Jun. 2011. 

[3] N. Patel, “Micro-scale flow behavior, fiber 
wetting and void formation in liquid 
composite molding,” Ohio State University, 
1994. 

[4] J. Bréard, A. Saouab, and G. Bouquet, 
“Numerical simulation of void formation in 
LCM,” Composites Part A: Applied Science 
and Manufacturing, vol. 34, no. 6, pp. 517–
523, Jun. 2003. 

[5] T. S. Lundstrom, B. R. Gebart, and C. Y. 
Lundemo, “Void formation in RTM,” 
Journal of reinforced Plastics and 
Composites, vol. 12, no. 12, pp. 1339–1349, 
1993. 

[6] J. S. Leclerc and E. Ruiz, “Porosity reduction 
using optimized flow velocity in Resin 

ICCM19 2223



 

7  

EXPERIMENTAL STUDY ON THE IDENTIFICATION OF THE SATURATION OF A POROUS MEDIA 
THROUGH THERMAL ANALYSIS

 

Transfer Molding,” Composites Part A: 
Applied Science and Manufacturing, vol. 39, 
no. 12, pp. 1859–1868, Dec. 2008. 

[7] D. H. Lee, W. Il Lee, and M. K. Kang, 
“Analysis and minimization of void 
formation during resin transfer molding 
process,” Composites Science and 
Technology, vol. 66, no. 16, pp. 3281–3289, 
Dec. 2006. 

[8] F. LeBel, A. E. Fanaei, É. Ruiz, and F. 
Trochu, “Prediction of optimal flow front 
velocity to minimize void formation in dual 
scale fibrous reinforcements,” International 
Journal of Material Forming, Sep. 2012. 

[9] E. Ruiz, F. Lebel, and F. Trochu, 
“Experimental study of capillary flows, voids 
formation and void migration in LCM 
manufacturing,” in FPCM 11, 2012, no. July, 
pp. 136–143. 

[10] M. Nordlund and V. Michaud, “Dynamic 
saturation curve measurement for resin flow 
in glass fibre reinforcement,” Composites 
Part A: Applied Science and Manufacturing, 
vol. 43, no. 3, pp. 333–343, Mar. 2012. 

[11] D. Seto, R. Matsuzaki, A. Todoroki, and Y. 
Mizutani, “Void formation in an anisotropic 
woven fiber during resin transfer molding,” 
in ICCM 18, 2011, vol. 1, pp. 1–5. 

[12] L. Labat, M. Grisel, J. Breard, and G. 
Bouquet, “Original use of electrical 
conductivity for void detection due to 
injection conditions of composite materials,” 
Comptes Rendus de l’Académie des Sciences 
- Series IIB - Mechanics, vol. 329, no. 7, pp. 
529–534, Jul. 2001. 

[13] S. Guéroult, “Analyse expérimentale de la 
saturation des milieux fibreux à double 
échelle de pores: application à la mise en 
œuvre des matériaux composites par procédé 
RTM,” Le Havre University, France, 2012. 

[14] S. Guéroult, L. Bizet, and J. Bréard, 
“Experimental determination of void 

formation and transport in the RTM process,” 
in FPCM 11, 2012, no. July, pp. 111–118. 

[15] J. A. García, L. Gascón, E. Ruiz, F. Lebel, 
and F. Trochu, “Simulation and experimental 
validation of the saturation in LCM 
processes,” in FPCM 11, 2012, no. July, pp. 
127–135. 

[16] M. Villière, D. Lecointe, V. Sobotka, N. 
Boyard, and D. Delaunay, “Experimental 
determination and modeling of thermal 
conductivity tensor of carbon/epoxy 
composite,” Composites Part A: Applied 
Science and Manufacturing, vol. 46, pp. 60–
68, Mar. 2013. 

[17] M. Thomas, N. Boyard, N. Lefèvre, Y. Jarny, 
and D. Delaunay, “An experimental device 
for the simultaneous estimation of the 
thermal conductivity 3-D tensor and the 
specific heat of orthotropic composite 
materials,” International Journal of Heat and 
Mass Transfer, vol. 53, no. 23–24, pp. 5487–
5498, Nov. 2010. 

[18] A. Matine, N. Boyard, P. Cartraud, G. 
Legrain, and Y. Jarny, “Modeling of 
thermophysical properties in heterogeneous 
periodic media according to a multi-scale 
approach: Effective conductivity tensor and 
edge effects,” International Journal of Heat 
and Mass Transfer, vol. 62, pp. 586–603, Jul. 
2013.  

 

 

ICCM19 2224



 

Fig. 1 Flow-induced void formation in a dual
media. (a) Formation of macro-voids due to capillary 
wicking: low injection velocity (b) Formation of micro
voids due to viscous forces: high injection velocity.
 

 
Fig. 2 View of the experimental device

 

 
Fig. 3 Cross-section of the mold

 
Fig. 4 Modeling of the saturation curve using geometric 

parameters l, yi, and Smax.
 

induced void formation in a dual-scale porous 
voids due to capillary 

wicking: low injection velocity (b) Formation of micro-
forces: high injection velocity. 

2 View of the experimental device 

section of the mold 

 

Modeling of the saturation curve using geometric 
. 

 
Figure 5: Sensitivity of the transverse heat flux to several 
parameters of the saturation curve: to y
l (c), and to the longitudinal 
fibrous medium λx (d). 
 

 
Figure 6 Representative elementary volume at micro
scale. The micro-saturation is defined as 
complementary of the micro
amount of micro-voids divided by the maximum volume
they may occupy. 
 

 
Figure 7 Representative elementary volume at macro
scale. The macro-saturation is defined as the 
complementary of the macro
amount of macro-voids divided by the maximum volume 
they may occupy. 
 

8 

: Sensitivity of the transverse heat flux to several 
parameters of the saturation curve: to yi (a), to Smax (b), to 
l (c), and to the longitudinal thermal conductivity of the 

 
Representative elementary volume at micro-

saturation is defined as the 
micro-void fraction, i.e. the total 

voids divided by the maximum volume 

 
Representative elementary volume at macro-

saturation is defined as the 
complementary of the macro-void fraction, i.e. the total 

ids divided by the maximum volume 
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Figure 8 Abacus giving the effective transverse thermal 
conductivity depending on the degree of filling of micro 
and macro-porosities. Each colored line represents a 
constant value of macro-saturation. 
 

 
Figure 9 Responses of the three heat flux sensors during 
calibration with liquid only. 
 

 

Figure 10 Numerical and experimental wall heat fluxes 
for sensors 1, 2 and 3 during an injection at average 
interstitial velocity of u=0.25 mm.s-1. 
 

 
Figure 11 Comparison of the estimated saturations by 
conductometric method and by thermal identification. The 
ideal front represents the hypothetical case where there 
would be no unsaturated zone. 
 

Fibrous 
preform 

Areal Weight (g.m-2) 646 

Density (kg.m-3) 2600 

Fiber volume fraction (%v) 49 

Number of plies 5 

Number of filament per tow ~2000 

Average fiber diameter (µm) 7.8 

Major axis of a tow (mm) 1.86 

Minor axis of a tow (mm) 0.29 

Model 
liquid 

Viscosity (mPa.s) 132 

Surface tension (mN.m-1) 46.96 

Static contact angle (°) 45 

Table 1 Physical properties of the glass fabric and of the 
model liquid. 

 
 λx λz Cp 

S=0 -Two-step inverse 
analysis method 
-Mini RTM mold 

[16] 

-Hot Disk Method 
-Guarded hot plate 
-Two-step inverse 
analysis method 

[17] 

 

-DSC 
-Two-step inverse 
analysis method 

[17] 

S=1 -Mini RTM mold 
[16] 

-Hot Disk Method / 

 
Table 2 Set of experimental setups used to characterize 
thermal properties of unsaturated and saturated preform. 
 
 
 
 

ICCM19 2226



10 
 

 λ (W.m-1.K-1) FGH FIG  FIH  

Glass fiber 1.00 0.70 0.70 0.49 
Model liquid 0.35  
Air bubbles 0.03 

 
Table 3 Properties of the three phases solid, liquid and gas 
used as input parameters in the homogenization 
procedure. 
 

 ρ  
(kg.m-3) 

Cp  

(J.kg-1.K-1) 
λ 

 (W.m-1.K-1) 
h 

(W/(m2

K)) 

TCR 
(m².K.W-1) 

Glass 
plate 

2550 803 1.1 7  

Glass 
fiber 

2550 803 1.0   

Air 1.2 1006 =f(T)*   
Model 
liquid 

1226 2434 =f(T)**   

Metal 7850 460 35.0  3.3.10-4 

*λair=1.5207.10-11T3 - 4.8574.10-8T² + 1.0184.10-4T - 
3.9333.10-4 
** λliquid=0.344-1.335.10-4T+8.082.10-6T² (measured by 
Hot Disk method) 
 
Table 4 Thermophysical properties and estimated 
boundary conditions of the experimental bench. 
Temperature dependence of the conductivities of air and 
liquid has been taken into account. 
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1 Introduction  

1.1 Background and Motivation 

 

 

Fig. 1 Architecture of the structural supercapacitors and 

example of a working device. 

Although the inherent anisotropy of polymer 

composites has presented daunting technical 

challenges, these materials now offer engineers 

considerable opportunities for efficient structural 

design. More recently, the advent of multifunctional 

composites which can fulfill more than one role 

within a system has attracted considerable interest, 

providing designers with exciting opportunities to 

innovate [1]. Of particular interest here are structural 

power composites, which simultaneously carry 

mechanical load whilst storing/delivering electrical 

energy. Although the development of these 

composites is highly challenging, often with 

conflicting constituent requirements, the STORAGE 

consortium [2] has had considerable success in the 

development of these materials for automotive 

applications.  

The focus of this paper is structural supercapacitors, 

the basic architecture of a single cell of which is 

shown in Fig. 1. This entails two carbon fibre woven 

lamina (electrodes) which sandwich a glass fibre 

woven lamina (separator), all of which is embedded 

within a multifunctional matrix (electrolyte). This 

architecture has been the focus of the research to 

date, leading to components such as that shown in 

Fig.1 having been fabricated. This paper reports on 

the mechanical properties and microstructures of the 

different reinforcement and matrix combinations for 

structural supercapacitors.  

1.2 The STORAGE Project 

STORAGE (Composite Structural Power Storage for 

Hybrid Vehicles) is an EU Framework 7 research 

programme to develop structural power materials. 

The particular focus has been both structural 

supercapacitors and structural batteries. Within the 

consortium, laboratory scale developments have 
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been undertaken by Imperial College London 

(supercapacitors) and Swerea SICOMP (batteries), 

as well as organisations such as Chalmers 

(electrolyte development and characterization), 

INASCO (cure monitoring), ETC (battery 

characterization) and BAM (mechanical 

characterization). Nanocyl have provided the CNT 

reinforcement whilst Cytec have scaled up the 

laboratory scale developments to produce a prepreg 

of this structural supercapacitor material. Finally, the 

end user has been Volvo Car Corporation, who have 

been pulling the technology through to application in 

automotive components. 

The project commenced in January 2010 and 

finished in June 2013. The initial focus had been the 

development of reinforcements and multifunctional 

matrices. These had been brought together to 

produce the set of Devices listed in Table 1. These 

were chosen to characterize the influence of 

different reinforcements and matrix developments 

on the electrical and mechanical performance of the 

resulting multifunctional composite. 
 

Table 1 Device configurations (multifunctional 

composites are shown in grey). 

# Type Electrode Matrix 

A Structural Baseline 
T300 

fabric 
MTM57 

B 
Multifunctional 

Baseline  

T300 

fabric 

MTM57:IL      

Li [2.3mol/l] 

C 

CNT Grafted 

Multifunctional 

(conc1) 

T300  

CNT 

MTM57:IL      

Li [2.3mol/l] 

D 

CNT Grafted 

Multifunctional 

(conc2) 

T300  

CNT 

MTM57:IL      

Li [4.6mol/l] 

E 

CNT Sized 

Multifunctional 

(conc1) 

T300  

AquaCyl 

MTM57:IL      

Li [2.3mol/l] 

F 
CNT Grafted 

Structural 
T300 CNT MTM57 

During prepreg production and laminate fabrication, 

considerable processing hurdles were encountered, 

and now overcome, including eliminating short-

circuiting of the electrodes during autoclaving, and 

tailoring the cure kinetics of the multifunctional 

matrix. Subsequently, there has been extensive 

electrical and mechanical characterization of the 

laminates.  

It has been recognised that adoption of structural 

power materials would be a considerable step 

change in design philosophy, and therefore efforts 

have been made to formulate an engineering 

methodology for using these novel materials. The 

ambition is that when these materials reach levels of 

performance which offer real weight or volume 

savings, there will be a methodology in place to use 

them. Consequently, research has been undertaken 

in developing methods for optimisation of the 

balance between electrical and mechanical 

properties for a particular application. The effects of 

finishing processes, such as trimming and drilling, 

have been investigated; initial concerns had been 

that such processes would lead to short circuiting 

between the electrodes, but as long as the 

components are cut dry, then such problems are 

minimal. The effect of curvature and forming has 

been investigated (see Fig. 1) and demonstrated that 

there is no loss in performance. Finally, methods of 

electrically connecting the laminates have been 

investigated, culminating in the successful use of 

lightning strike protection meshes (as used on 

conventional aerospace structures). These 

engineering issues have been discussed in an 

associated paper at this conference [3]. 

Finally, the technology has been demonstrated at 

various levels. This includes small scale 

demonstration, such as replacing the roof of a radio-

controlled car with a structural supercapacitor, such 

that the headlights can be powered. A larger scale 

demonstrator has been assembled; this is the bootlid 

of a Volvo S80 in which four stacks (each assembled 

from three structural supercapacitors) are embedded 

between composite skins. This demonstrator has 

been attached to Volvo’s prototype car to power the 

boot light, and was presented at the final STORAGE 

meeting in Gothenburg in June 2013. 

Although much of the research effort in structural 

power has focused on enhancing electrical properties, 

a critical aspect is ensuring they have competitive 

mechanical properties. Although the reinforcement 

constituents are not degraded by the modifications 

made to enhance electrical performance, the matrix 

is inherently softened by the imbuing of ionic 

conductivity. Therefore the aim of the work 

described here was to characterize critical 

mechanical properties of these multifunctional 

materials, and understand the relationships between 

these properties and the microstructure and fracture 

processes in these materials. 
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2 Experimental 

2.1 Materials and fabrication 

As detailed in Table 1, several structural 

supercapacitor configurations were investigated in 

which the reinforcement and matrix phases were 

varied. For the multifunctional materials, T300 3k 

carbon fibre fabrics (twill weave) and glass fibre 

fabrics (plain weave) were used as the electrode and 

separator reinforcements, respectively. Although the 

baseline fabric was as-received, two carbon 

nanotube (CNT) reinforced configurations, as 

developed by Nanocyl, were also investigated; T300 

CNT had CNTs grafted onto the fibre surface whilst 

T300 AquaCyl had a CNT sizing. Regarding the 

matrix, the baseline was Cytec MTM57, which is a 

prepreg epoxy system. To imbue this with ionic 

conductivity, this epoxy was blended with an equal 

weight fraction of ionic liquid and either of two 

concentrations of lithium salt; conc1 (2.3 mol/l) and 

conc2 (4.6 mol/l). The resulting laminates were 

made via a prepregging route. These Devices were 

compared against a monofunctional structural 

baseline (T300/Cytec MTM57) which is referred to 

as Device A in Table 1. In addition, to characterize 

the effect of CNT reinforcement on the mechanical 

properties, Device F was fabricated using CNT 

grafted fibres with the structural matrix (MTM57).  

2.2 Characterisation 

Since imbuing electrical characteristics onto the 

matrix had been seen to reduce its mechanical 

properties [4], characterisation focused on matrix 

and fibre/matrix dominated properties of the 

resulting composites. Therefore, the tests presented 

in Table 2 were chosen for this investigation. Firstly, 

in-plane shear modulus and strength of the 

supercapacitors was characterised using the ±45° 

tension test whilst the compression properties were 

characterised using laminates containing just the 

electrode material. At least five specimens were 

tested per condition. In addition, the volume fraction 

of the fibres was measured using Procedure B from 

the ASTM standard D3171 [5].  

Table 2 Mechanical test methods and stacking sequences. 

Property (Test) Standard  
Stacking 

Sequence 

In-plane shear 

modulus & strength 

 (±45° tensile) 

 ASTM 

D3039M 
[±CF/±GF]S 

Compressive strength 

& modulus 

DIN EN 

ISO 

14126  

[CF4]S 

Following mechanical testing, the microstructure 

and the fracture morphology of the composites were 

characterized using a Hitachi S3700N-II scanning 

electron microscope. Prior to examination, these 

specimens were sputter coated with gold. It should 

be noted that the ionic liquid had not been removed, 

which reduced the resolution of the subsequent 

electron micrographs. However, it was felt that any 

attempt to remove the ionic liquid may have led to 

artifacts being introduced onto the fracture surfaces. 

Finally, polished sections were also taken of 

undamaged [CF4]S laminates to characterize the 

microstructure. These were examined using an 

optical (Zeiss Axio Imager M2m) microscope. 

3 Results and discussion  

3.1 Microstructures 

Typical polished sections of the pristine [CF4]S 

laminates are shown in Fig 2. It should be noted that 

difficulties were encountered in polishing the 

multifunctional systems (Devices B to E) because of 

the porous and soft nature of the matrix.  

  

(a) Device A  

Structural Baseline 

(b) Device B  

Multifunctional Baseline 

  

(c) Device C 

CNT Grafted 

Multifunctional (conc1) 

(d) Device D 

CNT Grafted 

Multifunctional (conc2) 

  

(e) Device E 

CNT Sized 

Multifunctional (conc1) 

(f) Device F 

CNT Grafted 

Structural 

Fig. 2 Polished Sections of the Six Different Devices. 
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First consider the structural baseline (Device A) 

which is shown in Fig. 2a. This material had a 

microstructure typical of that of a good quality 

woven CFRP laminate, with a uniform interply 

spacing, good fibre/matrix interface and negligible 

voidage or fibre misalignment. Next consider the 

baseline multifunctional configuration (Device B) 

which exhibited a high degree of heterogeneity in 

the matrix microstructure (Fig. 2b). Within and close 

to the fibre tows the matrix exhibited a lot of 

polishing damage, which was perhaps associated 

with a dominance of ionic liquid in these regions. 

However, away from the tows (i.e. in the interstitial 

sites between the tows), large ‘islands’ of structural 

epoxy were apparent. These consisted of sites 

typically of the order of 500 microns in size, 

containing a skin/core structure (i.e the outer layers 

surface was smooth whilst the interior contained 

small isolated pores). Finally, in some sites evidence 

of voidage at the interlaminar interfaces was 

apparent. 

Next (Fig. 2c) consider the influence of CNT 

grafting on the fibres in the multifunctional 

composite (Device C). The consolidation and degree 

of voidage of this laminate appeared to have been 

superior to that of Device B, and there was less 

polishing damage (suggesting that the matrix may 

have been stiffer or more robust). But yet again there 

was heterogeneity of the matrix, with the epoxy 

phase dominating at the interstitial sites.  Doubling 

the concentration of the lithium salt in this 

configuration led to a subtle change in the 

morphology (Fig. 2d). There appeared to have been 

larger pores in the epoxy dominated regions, 

although the heterogeneity of the matrix was similar 

to that of the Devices B and C. Changing from 

grafted to CNT sizing (Device E) led to reduced 

voidage and a better composite microstructure (Fig. 

2e). Again islands of epoxy rich matrix were evident 

in the interstitial sites, but there was less polishing 

damage to the fibre tows, suggesting a stiffer matrix. 

Finally, the structural epoxy with CNT grafted 

carbon fibres (Device F) had a microstructure almost 

identical to that of the structural baseline (Device A) 

with negligible voidage (Fig 2f). 

3.2 In-Plane Shear Results 

The in-plane shear strength and modulii are 

tabulated in Table 3 and illustrated in Fig. 3. Device 

A had a strength and stiffness typical of a woven 

CFRP laminate with a structural epoxy [6]. 

Similarly, the structural epoxy with CNT grafted 

fibres (Device F) had a reasonable in-plane shear 

performance, although inferior to that of the 

structural baseline. Both these Devices failed via 

translaminar fracture of the fibres following necking 

(and some scissoring of the plies), as is typical for 

this test condition [8]. However, the introduction of 

the ionic liquid (Device B) led to a greatly reduced 

in-plane shear stiffness and strength; of the order of 

10% of the performance of the structural baseline. 

The presence of the CNTs (particularly for Devices 

C and E) recovered some of the performance, with 

these materials having about 25% and 22% of the 

shear stiffness and strength respectively of the 

structural baseline (Device A).  

Table 3 In-plane shear performance of the six different 

devices. 

Device 
Shear Modulus 

(GPa) 

Shear strength 

(MPa) 

Device A 

Structural 

Baseline 

3.52 ±0.16 106.04 ±3.66 

Device B 

Multifunctional 

Baseline 

0.41 ±0.21 9.21 ±1.18 

Device C 

CNT Grafted 

Multifunctional 

(conc1) 

1.04 ±0.08 25.48 ±3.44 

Device D 

CNT Grafted 

Multifunctional 

(conc2) 

0.45 ±0.05 14.09 ±0.48 

Device E 

CNT Sized 

Multifunctional 

(conc1) 

0.85 ±0.18 22.48 ±3.51 

Device F 

CNT Grafted 

Structural 

3.11 ±0.13 80.13 ±1.56 

 

 

Fig. 3 In-plane shear performance of the six Devices. 
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3.3 Compression Results 

Table 4 Compression performance of the six Devices. 

Device 

Compression 

Strength XC 

(MPa) 

Young’s 

Modulus E 

(GPa) 

Device A 

Structural Baseline 
619.1 ±36.8 53.6 ±3.83 

Device B 

Multifunctional 

Baseline 

292.3 ±33.4 58.5 ±4.71 

Device C 

CNT Grafted 

Multifunctional 

(conc1) 

294.9 ±9.5 52.0 ±4.83 

Device D 

CNT Grafted 

Multifunctional 

(conc2) 

153.2 ±14.4 46.9 ±5.61 

Device E 

CNT Sized 

Multifunctional 

(conc1) 

170.2 ±7.2 47.5 ±4.96 

Device F 

CNT Grafted 

Structural 

506.6 ±37.1 60.6 ±5.23 

 

Table 5 Fibre volume fraction and normalized 

compression moduli of the six Devices. 

Device vf 
E (GPa) 

(vf=55%) 

Device A 

Structural Baseline 
45 65.0 ±4.65 

Device B 

Multifunctional Baseline 
51 63.4 ±5.10 

Device C 

CNT Grafted 

Multifunctional (conc1) 

44 65.0 ±6.05 

Device D 

CNT Grafted 

Multifunctional (conc2) 

42 61.2 ±7.33 

Device E 

CNT Sized 

Multifunctional (conc1) 

49 53.2 ±5.55 

Device F 

CNT Grafted Structural 
59 56.9 ±4.91 

The compression strength and moduli are tabulated 

in Table 4 and illustrated in Fig. 4. Because there 

was a variation in the fibre volume fraction between 

the laminates, the moduli were normalized to a fibre 

volume fraction of 55%, and these are shown in 

Table 5 and Fig. 4. Finally, typical fracture modes 

for the six different devices are shown in Fig 5. 

Device A had a strength and stiffness typical of a 

woven CFRP laminate with a structural epoxy [7]. 

Furthermore, this exhibited (Fig 5a) a fairly 

localized compression failure, which was 

characteristic of limited delamination formation 

during failure [8]. Similarly, the structural epoxy 

with CNT grafted fibres (Device F) had a slightly 

inferior compressive strength (82%) to that of the 

structural baseline. As can be seen in Fig 5, this 

Device exhibited an increased propensity to 

delamination compared to that of the structural 

baseline.  

 

 

Fig. 4 Compressive modulus, strength and normalized 

compressive modulus (vf=55%) for the six Devices. 

As can be seen in Table 5 and Fig 4., an encouraging 

observation was that once the effect of fibre volume 

fraction had been accounted for, the normalized 

modulus of the composites were relatively 

insensitive to the matrix. This would suggest that 

under relatively modest loading the softer matrix 

would not disadvantage the mechanical performance 

of the material. This bodes well for using these 

materials in structural applications. 

Considering the influence of multifunctional matrix 

on the compression strength (Table 4), as had been 

seen with the in-plane shear results, there was a 

large drop in performance. The multifunctional 

baseline (Device B) exhibited over a 50% reduction 
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in strength as compared to the structural baseline 

(Device A). This was attributed to the heterogeneity 

of the matrix, which was dominated by the ionic 

liquid phase adjacent to the fibres. This would have 

led to reduced fibre support, and promotion of 

fibre/matrix debonding. Device B (Fig. 5) had a 

localized translaminar failure, which was consistent 

with negligible delamination during failure [8].  

It was evident that introduction of grafted CNTs to 

this multifunctional matrix (Device C), had not 

recovered the compressive performance. 

Furthermore, increasing the lithium salt 

concentration (Device D) or using CNT sized fibres 

(Device E), led to even further reductions in 

compressive strength; 25% of that of the structural 

baseline (Device A). It was apparent that these three 

devices had exhibited significant delamination prior 

to compressive failure, since the failure mode was 

‘green stick’ [8]. This suggests that these 

configurations were susceptible to delamination. 

Fig. 5 Compressive Failure modes for Device A 

(structural baseline), Device B (multifunctional baseline), 

Device C (CNT Grafted Multifunctional conc1), Device 

D (CNT Grafted Multifunctional conc2), Device E (CNT 

Sized Multifunctional conc1) and Device F (CNT Grafted 

Structural). 2mm laminate thickness. 

4 Fractographic Observations 

Following mechanical testing of the ±45° in-plane 

shear specimens all but the structural baseline 

(Device A) were found to have delaminated at the 

glass fibre/carbon fibre ply interface. These surfaces 

was subsequently exposed to allow characterization 

of the matrix morphology, and relate it to that 

observed in the bulk matrix studies [9].  

Overall, in all multifunctional devices examined 

there was a high degree of heterogeneity in the 

matrix morphology. In particular, the ionic liquid 

constituent tended to be dominant close to the fibres, 

whilst in the interstitial sites (i.e. tow cross-over 

points), the structural epoxy dominated. The 

following observations were based on general trends 

between the different device configurations. 

Fig. 6 Morphology of the glass-fibre delamination surface 

in Device B (Baseline multifunctional), Device C (CNT 

Grafted Multifunctional conc1), Device D (CNT Grafted 

Multifunctional conc2) and Device E (CNT Sized 

Multifunctional conc1). 

4.1 Baseline Multifunctional (Device B) 

Fig. 7 Morphology of the glass-fibre delamination surface 

in Device B (Baseline multifunctional), Device C (CNT 

Grafted Multifunctional conc1), Device D (CNT Grafted 

Multifunctional conc2) and Device E (CNT Sized 

Multifunctional conc1) x1000 

The delamination morphology at the glass fibre 

surface in Devices B to E are shown in Figure 6. 

Unfortunately, it was apparent that the 

multifunctional baseline (Device B) had a high 

degree of voidage at the ply interface, leading to a 

smooth exposed surface. However, the sites which 

did exhibit bonding had a porous structure, as 

A B 

C D 

E F 

D E 

B C 

D E 

B C 
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illustrated in Figure 7. It should be noted that these 

pores are not voids, but would have contained ionic 

liquid. The pores varied in size, from 1 to 10 

microns, and did not appear to be interconnected. 

 

 

Fig. 8 Detail of the matrix morphology in Device B 

(Baseline Multifunctional) 

 

Fig. 9 Sheathing of the matrix over the fibres in Device B 

(Baseline Multifunctional) 

Further detail of this microstructure, and the 

morphology close to the fibre/matrix interface is 

shown in Figure 8. The detail of the bonding 

between the fibres and matrix can be seen, which 

illustrates that bonding was fairly heterogeneous, 

with large regions with no mechanical bond (but 

good ionic conductivity). However, in some regions 

sheathing of the fibres by the structural component 

of the matrix was identified (Fig. 9). Here it was 

apparent that there was no direct contact between the 

glass fibres and the ionic liquid (i.e. pores). Such a 

morphology would be insulate the active electrode 

(fibres) from the electrolyte if it had developed at the 

carbon fibres, but perhaps would be preferential at 

the glass fibre separator (as in Fig 9.) 

4.3 Influence of CNTs (Devices C, D and E) 

 

 

Fig. 10 Pockets of structural matrix beads in Device C 

(CNT Grafted Multifunctional conc1) 

As can be seen in Fig 6, the addition of CNTs to the 

fibres (Devices C, D and E) appeared to have led to 

enhanced wetting of the matrix to the fibres during 

fabrication, since the degree of voidage was 
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considerably less than that of the baseline 

multifunctional (Device B).  

Firstly consider the carbon fibres with grafted CNTs, 

with a lithium salt concentration of 2.3 mol/l 

(Device C). The morphology of the matrix was akin 

to that of Device B, with a porous structure 

throughout the matrix. However, in some sites (Fig. 

10), beads of structural matrix were apparent. These 

were sites at which there had been a higher 

concentration of the ionic liquid, leading to the 

structural epoxy having formed isolated beads of 

material. Clearly such sites would have poor 

structural performance, but superior ionic 

conductivity. Finally, the bonding between the 

carbon fibres and the matrix was akin to that of the 

baseline multifunctional, with pores adjacent to the 

carbon fibres which would facilitate good ionic 

access.  

 

 

Fig. 11 ‘Island and sea’ morphology of the matrix in 

Device D (CNT Grafted Multifunctional conc2) 

Next consider the influence of increasing the 

concentration of the lithium salt to 4.6 mol/l on the 

composite morphology. The consolidation of the 

composite was good, as can be seen in Fig 6. 

However, the matrix morphology differed from that 

of the lower lithium salt concentration, as can be 

seen in Fig 7, and in detail in Fig 11. In this instance, 

the matrix was much more heterogeneous, with large 

‘islands’ (upto 200 microns in size) containing 

agglomerations of the bead-like structures. These 

islands are within a ‘sea’ of structural polymer with 

very fine pores (order of 1 micron in size). Similarly, 

the wetting of the carbon fibres by the matrix was 

more heterogeneous, with large regions dominated 

by ionic liquid, whilst other areas in which structural 

epoxy/fibre bonding was present.  

 

 

Fig. 12 Localised Device E (CNT Sized Multifunctional 

conc1) x1000 

Finally, the influence of CNT sizing rather than 

CNT grafting was characterized by examination of 

Device E. This showed relatively good bonding 

between the glass and carbon fibre layers although 

there were still regions of large voids (see Fig 6.). 

However, as shown in Fig 12., there were subtle 

differences in the microstructure. In particular, in 

some regions close to the fibres the structural matrix 

had formed an almost skeletal microstructure, with 
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large pores next to the fibres. Interestingly, away 

from these sites the structural phase was more 

dominant, with only small, localized pores present.  

5 Concluding remarks  

 

 

 

Fig. 13 Multifunctionality of the six different Devices; (a) 

normalized compression modulus versus specific 

capacitance; (b) compression strength versus specific 

capacitance; (c) shear modulus versus specific 

capacitance. Colour refers to carbon fibre (black - as 

received; red – CNT grafted; green – CNT sized) and 

shape refers to matrix (circle – MTM57; square – 

multifunctional conc1; triangle - multifunctional conc2). 

The aim of this work was to characterize critical 

mechanical properties of these multifunctional 

materials, and understand the relationships between 

these properties and the microstructure and fracture 

processes in these materials. However, critical to 

evaluating the mechanical performance is the 

balance with the electrical properties. Due to the 

dual mechanical and electrical requirements, this 

balance consequently leads to conflicting 

microstructures; rigid and solid structures for 

mechanical performance, whilst porous and non-

tortuous structures for ionic conductivity.  

Fig 13 shows the multifunctionality of these systems 

by plotting the specific capacitance [10] against 

different structural parameters, with the pure 

structural configuration (Device A) also shown. 

Unfortunately there is no equivalent pure electrical 

configuration (i.e. a pure ionic liquid matrix) 

because such a device would not have the integrity 

to be electrically tested. In Fig 13, the ‘perfect’ 

multifunctional system would sit in the top right 

corner.  

Firstly consider the stiffness response of these 

multifunctional materials; stiffness would probably 

be the most important factor for engineering design. 

The multifunctionality for compressive and in-plane 

shear stiffness are shown in Fig 13a and Fig 13b 

respectively. Regarding the former, stiffness was 

relatively insensitive to electrical performance, as 

would be expected since this is a fibre dominated 

property [8]. Such an observation will mean a 

system could be optimized for electrical 

performance without compromising on mechanical 

performance. However, for the in-plane shear 

performance (Fig 13b), there is a rapid decline in 

mechanical performance with increased electrical 

performance. This behavior is attributed to the more 

compliant the matrix, the better the access for ion 

transport. Clearly future research would need to 

identify a means to address this conflict. 

Finally, regarding multifunctional design for 

compressive strength (Fig 13c), all the 

multifunctional systems exhibited inferior strength 

to the pure structural configurations (Devices A and 

F). However, the highest electrical performance 

(Device B) was achieved without a drop in the 

mechanical performance.   

In summary, the research reported in this paper 

provides an insight into the influence of the different 

constituents (reinforcements and multifunctional 

matrices) on the composite mechanical properties, 
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microstructures and fracture processes. Both the 

reinforcement type and the matrix formulation have 

a strong influence on the microstructure. 

Consequently, it was illustrated how the 

microstructure influenced the resulting mechanical 

properties. This insight will direct future refinement 

and optimisation of these materials.  
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Carbon fibre-reinforced polymer composite 

materials have made a huge impact, particularly in 

the aerospace and oil/gas industries since the 1960s, 

due to their light weight and excellent mechanical 

performance [1]. Recently, interest in 

multifunctional composite materials has increased 

rapidly [2]. Here, we report the development of new 

multifunctional composites by forming a super-

capacitor from structural fibre composite laminates; 

each cell of the proposed structural supercapacitor 

consists of two modified structural carbon fibre 

fabric electrodes, separated by a structural glass 

fibre fabric, infused with a multifunctional 

polymeric electrolyte [3, 4]. Such composites allows 

the combination of energy storage systems into 

structural low weight components, which could 

significantly reduce the weight and volume of 

systems requiring electrical energy storage by 

simultaneously serving as load-carrying structural 

body. Our multifunctional composite design is 

useful for a wide range of applications, such as 

aerospace, electric/hybrid ground transport and 

portable electronics, where battery life and power 

management are limiting issues.  

A crucial requirement for efficient structural power 

composites is the development of structural carbon 

fibre electrode materials that possess high energy 

storage and stable electrochemical performance 

whilst under mechanical load. Various strategies 

have been studied in our research group, including 

both chemical activation [5, 6] and carbon nanotube 

(CNT) grafting [7, 8]. Apparent improvements have 

been observed in specific surface area. However, 

these methods involve etching/damage of the carbon 

fibre surface by either the activating chemicals or 

the catalyst for growing CNTs; process parameters 

need to carefully controlled to avoid degradation of 

the fibre mechanical properties and the total volume 

available for the active material is limited. In the 

present work, a multifunctional electrode material is 

developed by embedding structural carbon fibre 

fabrics in a continuous network of carbon aerogel 

(CAG) to form a coherent but porous monolith [9]. 

CAGs are porous materials consisting of a three 

dimensional network of interconnected nanometre-

sized particles with small interstitial pores, leading 

to typical surface areas of 400-1100 m
2
/g [10]. By 

combining structural carbon fibres with high surface 

area CAGs, the resulting hierarchical structure can 

provide good energy storage capacity, and also serve 

as mechanical reinforcement to the matrix in the 

multifunctional composites. A „proof-of-concept‟ 

study of multifunctional structural power composites 

based on these CAG-modified carbon fabrics has 

been carried out: both electrochemical and 

mechanical properties of the composites is provided, 

together with a discussion of the prospects for this 

new form of multifunctional structural power 

composite. 

 

2 Experimental 

2.1 Materials 

HTA 3k carbon fibre fabrics (plain weave, 200 g/m
2
, 

TISSA Glasweberei AG) and glass fibre fabrics 

(plain weave, 200 g/m
2
, TISSA Glasweberei AG) 

were used as the electrode and separator 

reinforcement materials, respectively. All chemical 

reagents were purchased from Sigma-Aldrich, and 

were used as-received. 
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2.2 Fabrication of CAG-modified carbon fabrics 

and structural power composites 

Aerogels were fabricated based on the sol-gel 

polycondensation of resorcinol-formaldehyde (RF), 

with R:F ratio at 1:2. Potassium hydroxide (KOH) 

was used as the catalyst (C) and the R:C molar ratio 

was 50:1. The weight percentage of the RF in 

mixture was controlled to be 40% by adjusting the 

quantity of the diluent distilled water. The RF 

solution was prepared using the commercially-

available RF resin (AX2000, INDSPEC Chemical 

Corporation) and then infused into the carbon fibre 

fabrics using resin infusion under flexible tooling 

(RIFT). The cured and dried specimens were then 

carbonised to CAGs at 800°C for 30 min in a 

furnace (Lenton ECF 12/30) under N2. 

2.3 Characterisation of CAG-modified carbon 

fabrics and structural power composites 

The microstructure of the carbon fabrics before and 

after CAG modification was characterised using a 

field emission gun scanning electron microscopy 

(SEM) (Gemini LEO 1525 FEG-SEM), operating at 

5 kV, without metal coating. Specific surface area of 

carbon fabrics were studied using a Micromeritics 

TriStar 3000 analyser with pure N2. Cyclic 

voltammetry (CV) tests were performed using a SI 

1287 electrochemical interface (Solartron 

Instruments); a three-electrode cell was used 

(platinum wire counter electrode, silver-silver 

chloride reference electrode and 3M KCl aqueous 

solution). The scan range (potential window) 

of -0.2 V to 0.2 V was used. 

2.4 Fabrication of structural power composites 

The layup for producing multifunctional structural 

power composites consisted of two carbon fabric 

electrodes, which sandwiched two glass fibre fabrics 

as the separator. To produce a multifunctional 

electrolyte matrix, 10 wt.% ionic liquid, 1-ethyl-3-

methylimidazolium bis(trifluoromethylsulfonyl) 

imide (EMITFSI, purity ≥ 98%), was mixed into 

polyethylene glycol diglycidyl ether (PEGDGE, 

82.6  wt.%), with a stirrer bar, until a homogeneous 

solution was obtained. Tri-ethylene-tetramine 

(TETA, 7.4 wt.%) was then added to the solution. 

The resin mixture was degassed and then infused 

into the vacuum bag containing the fabrics layup. 

The curing of specimens was performed at 80°C for 

24 h. 

2.5 Electrochemical characterisation of structural 

power composites 

Electrochemical performance of structural power 

composites was studied via charge-discharge 

experiments that performed at room temperature 

using a SI 1287 electrochemical interface (Solartron 

Instruments) with a 0.1 V step voltage applied for 

60 s. The dimensions of the composite devices were 

around 6.5×7.5 cm. Electrical characteristics were 

evaluated based on a simplified electrical equivalent 

circuit of the system (Fig. 1). The capacitance, Csp, 

and resistances, Rs and Rp, were determined by 

fitting the charge transient responses to the current-

time response of the equivalent circuit. 
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Fig. 1 Top: equivalent circuit for the supercapacitor 

system. Csp: capacitance; Rp: parallel resistance; Rs: 

equivalent series resistance (ESR). Bottom: an example 

showing the fittings to the charge and discharge 

transients. 

 

2.6 Mechanical characterisation of structural 

power composites 

Mechanical performance was investigated by 

carrying out the in-plane shear response by tensile 

testing of a ±45° laminate according to the standard 

ASTM  D3518 [11]. It is recognised that a range of 

methods should be used to fully characterise the 

mechanical performance, but it was considered that 

this test would provide an insight into a critical 
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matrix dominated property for these materials. The 

dimensions of the composite specimens were 

150×25 mm. Glass-fibre composite end-tabs were 

applied on both ends of specimens, leading to a 

gauge length of 90 mm. In order to measure the 

strains in both the longitudinal and transverse 

directions, a biaxial strain gauge (FCA-5-11, Techni 

Measure) was adhered to the sample using 

cyanoacrylate glue at the mid-span of the specimens. 

The tests were conducted at room temperature using 

an INSTRON 4505 universal testing machine, 

equipped with a 1 kN load cell, with a crosshead 

speed of 2 mm/min. A minimum of five 

measurements were performed for each type of 

specimen. The fibre volume fraction was measured 

according to the standard ASTM D3171 Method II 

[12]. 

 

3 Results and discussion  

3.1 Fabrication and characterization of CAG-

modified carbon fabrics  

A typical CAG-loading of around 9.5 wt.% was 

obtained. SEM characterisation demonstrated 

relatively uniform coating of CAGs on the carbon 

fibre fabrics (Fig. 2a, b). The gaps between carbon 

fibres within fibre bundles were also successfully 

filled with CAGs (Fig. 2c), which themselves 

possessed an interconnected 3D porous structure 

with interstitial pores of a few tens of nanometres, 

leading to a hierarchical reinforcement structure.  

Significant increases in pore volume were observed 

for the CAG-modified carbon fabrics during the N2 

adsorption measurements (Fig. 3). The CAG-

modified carbon fabrics exhibited a hysteresis loop 

between the adsorption and desorption isotherms 

due to the formation of mesoporosity [13], a type IV 

curve shape according to the IUPAC classification 

[14]. The specific surface area significantly 

increased from 0.21 to 80.7 m
2
/g after the CAG 

modification (Table 1). The CAG-normalised 

surface area was around 850 m
2
/g, which is 

comparable to the typical values of CAGs reported 

in literature [15], in the range of 400-900 m
2
/g.  

The electrochemical properties of carbon fibres 

before and after CAG modification were studied in 

aqueous solution via CV measurements based on a 

three electrode cell setup (Fig. 4). Both specimens 

possessed a relatively symmetric and rectangular 

shape, which is associated with pure capacitive 

behaviour [16].   

 

Fig. 2 SEM images of (a) as-received and (b)-(c) CAG-

modified carbon fibres. 
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Table 1 Surface properties of carbon fibre fabrics before 

and after CAG-modification and specific capacitances 

derived from cyclic voltammetry at a scan rate of 5 mV/s 

in aqueous electrolyte (3M KCl) using a three-electrode 

cell.  

 

 as-received 
CAG-

modified 

CAG loading 

(wt.%) 
n/a 9.5 

BET surface area 

(m
2
/g_C+CAG) 

0.209 ± 0.003 80.7 ± 0.7 

Pore volume 

(cm
3
/g) 

2.9 × 10
-4

 0.138 

Specific 

capacitance  

(F/g_C+CAG) 

0.06 ± 0.01 5.9 ± 0.4 

CAG-normalised 

surface area 

(m
2
/g_CAG) 

n/a 847.3 

CAG-normalised 

capacitance 

(F/g_CAG) 

n/a 61.5 

 

 

 

 

Fig. 3 Adsorption and desorption isotherms of as-received 

and CAG-modified carbon fabrics. 

 

The specific capacitance derived from the CV 

measurements (Table 1) showed significant 

improvements, from 0.06 to 5.9 F/g, by introducing 

CAGs onto carbon fabrics. The CAG-normalised 

specific capacitance was also similar to the values 

reported in literature [15]. In addition, wider 

potential windows (up to -1 to 1 V) and higher scan 

rates (up to 100 mV/s) were tested and consistent 

capacitive behaviour was observed for the CAG-

modified carbon fabrics. 

 

 

Fig. 4 Cyclic voltammograms of as-received and CAG-

modified carbon fabrics at a scan rate of 5 mV/s in 3 M 

KCl, based on three-electrode cell testing.  

 

3.2 Structural power composites  

3.2.1 Electrochemical characterisation of structural 

power composites 

„Proof-of-concept‟ multifunctional structural power 

composites have been fabricated using an IL-

modified solid-state polymer electrolyte, as a 

multifunctional matrix to provide both ionic 

transport and physical support. As a comparison, the 

devices were also tested in pure IL.  

The CAG-based devices exhibited a lower ESR than 

the as-received carbon fibre-based control devices, 

which may be associated with improved transverse 

electrical conductivity between the carbon fibres, 

and a reduction in the interfacial resistance between 

the electrolyte and the carbon surface (please note 

that the as-received carbon fibres are sized initially). 

Improvements in specific capacitance, and hence the 

energy and power densities, were observed (Table 2) 

for the structural power composites containing 

CAG-modified carbon fabrics. However, these 
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increases were lower than those obtained in aqueous 

electrolyte (refer to electrode measurements in 

Table 1) or pure IL (refer to supercapacitor device 

measurements in Table 2). The limitation can be 

mainly attributed to the reduced ionic conductivity 

of the polymeric electrolytes. Higher energy and 

power densities are anticipated as the working 

voltage of IL could reach 4-7 V [17]. 
 

 

Table 2 Electrochemical properties of structural power 

composites based on polymer electrolyte of 10 wt.% IL in 

PEGDGE with as-received and CAG-modified carbon 

fibres and supercapacitors based on pure IL with the same 

electrode configurations. The energy (E) and power 

densities (P) were calculated using the applied voltage of 

0.1 V. The coefficients of variation were around 5%. 

 

Electrical 

properties 

E
le

ct
ro

ly
te

 

as-received 
CAG-

modified 

ESR (kΩcm
2
) 

1
0
 w

t.
%

 I
L

 i
n
 

P
E

G
D

G
E

 

23.7 14.7 

C (mF/g) 10.7 71.2 

E (µWh/kg) 14.8 98.9 

P (mW/kg) 2.64 3.84 

ESR (kΩcm
2
) 

P
u
re

 I
L

 

43.4 0.19 

C (mF/g) 5.55 746.6 

E (µWh/kg) 7.71 1040 

P (mW/kg) 1.44 300 

 

 

3.2.2 Mechanical characterisation of structural 

power composites 

The mechanical characterisation of CAG-based 

structural power composites was focused on the 

assessment of in-plane shear properties, which are 

mainly dominated by the matrix- performance and 

hence most likely to be affected by the CAG 

modification. In addition, the format of the shear 

specimens allowed simultaneous measurements of 

electrochemical properties, without the need of large 

quantities of material. A benefit of CAG-

modification in terms of mechanical properties was 

demonstrated; the CAG structure around the carbon 

fibres reinforced the surrounding polymer matrix, 

leading to significant improvements in in-plane 

shear strength and modulus, up to 3.2-fold. 

(Table 3). By comparing to the system with pure 

PEGDGE-based epoxy, it can be deduced that filling 

the pore structure of CAGs with IL had no apparent 

effect on the mechanical performance. 

The reinforcing effects of CAGs demonstrated in 

current research suggest a promising route to 

improve the matrix-dominated properties of 

traditional fibre-reinforced composites (for example, 

interlaminar and in-plane shear properties), which is 

considered as one of the major limitations in the 

practical application of the traditional composites 

[18]. 

 

 

Table 3 Mechanical properties of structural power 

composites based on a matrix of 10 wt.% IL in PEGDGE 

with as-received and CAG-modified carbon fibres and 

composites fabricated using PEGDGE-based epoxy with 

the same fibre reinforcements. 

 

Mechanical 

properties 

M
at

ri
x
 

as-received 
CAG-

modified 

Shear strength 

(MPa) 

1
0

 w
t.

%
 I

L
 i

n
 P

E
G

D
G

E
 

5.36 ± 0.07 8.71 ± 0.11 

Shear modulus 

(MPa) 
276 ± 14 895 ± 60 

Fibre volume 

fraction 

(vol.%) 

47.2 42.0 

Shear strength 

(MPa) 

P
E

G
D

G
E

-b
as

ed
 e

p
o

x
y
 

5.83 ± 0.14 8.88 ± 0.12 

Shear modulus 

(MPa) 
201 ± 10 911 ± 60 

Fibre volume 

fraction 

(vol.%) 

47.2 42.0 
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4 Conclusions  

A new hierarchical composite microstructure has 

been created by embedding structural carbon fabrics 

into a continuous network of CAGs to form a 

coherent but porous monolith. The CAG-modified 

carbon fabric structure could provide excellent 

structural mechanical properties whilst possessing a 

high electrochemical surface area suitable for 

electrochemical energy storage. „Proof-of-concept‟ 

structural power composites based on CAG-

modified structural carbon fabrics have successfully 

demonstrated improvements in the multifunctional 

characteristics of the system; the CAG-modification 

not only improved the electrochemical surface area 

and capacitance, but also reinforced the polymer 

matrix surrounding the fibres, leading to significant 

improvements in the matrix-dominated composite 

properties. In addition, CAG provides an additional 

reinforcing effect, suggesting an opportunity to 

enhance the mechanical characteristics of traditional 

fibre-reinforced structural composites.  
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1 Introduction 
CFRP laminates are used in aerospace industry 

due to their high specific strength and stiffness. The 
laminates are susceptible to a foreign object impact. 
Barely visible impact damage (BVID) is one of the 
most severe damages for damage tolerance design of 
aircraft structures. The damage causes a significant 
reduction of compressive strength of laminates. 
However, the detail of the failure mechanism during 
compression-after-impact (CAI) test is not well 
known. For aircraft structures, demands of damage 
tolerance performance are too hard, so weight 
savings of airframe are not realized sufficiently in 
the case CAI strength is used for structure design. 

Compressive strength reduction of impact 
damaged laminates has been studied by many 
researchers experimentally and analytically [1]-[11]. 
Impact damage is consists of many delaminations 
and matrix cracks, and it forms like double spiral 
stair case [8][9]. Ishikawa et al. showed 
characteristic buckling mode of impacted laminate 
by observing the deformation and using finite 
element method [9]. Suemasu et al. studied 
postbuckling behavior of laminate with multiple 
delaminations using Reyleigh-Ritz method and finite 
element analysis [10][11]. They showed 
relationships between number of delamination or 
diameter of delamination and buckling load of 
laminate respect to symmetric and anti-symmetric 
buckling mode. Recently, more complicate damage 
model has been simulated with development of 
computing machine [12]-[17]. Suemasu et al. 
[14][15] analyzed postbuckling behavior of laminate 
with multiple circular delaminations considering 
propagation of delamination using interface 
elements. Craven et al. [16] studied buckling mode 
and buckling load of laminate with realistic 
delamination and fiber fracture crack. They modeled 

the damage as multiple peanut shaped delaminations 
and star shaped cracks. Ichiki et al. numerically 
studied postbuckling behavior and residual strength 
of CFRP laminates with a simplified impact damage, 
that is, double-spiral-damage [17][18]. CAI strength 
reduction and failure mechanism were discussed 
using energy release rate of delamination edges and 
stress concentration near the damage. 

The aim of this study is to investigate what 
happen before final failure of CFRP laminates with 
impact damage to predict CAI strength by numerical 
simulation. The compression performance of CFRP 
laminates with double-spiral damage is studied 
considering the instability of the damage. First, the 
postbuckling behavior of impact damaged laminates 
and the energy release rate distribution along 
delamination edge and the instability of 
delamination are reviewed first. Then, the failure 
processes simulated by using interface element are 
shown and failure process and the mechanism will 
be discussed. 
 
2 Finite element analysis 

Quasi-isotropic CFRP laminates of 32 plies 
[45°/0°/-45°/90°]4S with a double-spiral-damage 
were analyzed using finite element method. 
Dimensions and boundary conditions of the 
numerical model were determined based on the 
SACMA standard of CAI test specimen (SRM 2R-
94), and these are shown in Fig. 1. Ply thickness was 
0.15mm. Material properties of plies are EL=137GPa, 
ET=8.21GPa, GLT=4.36GPa, GTT=2.41GPa, 
νLT=0.33, and νTT=0.41 [18]. 

The impact damage was modeled as a double-
spiral-damage (DSD). DSD consists of octant 
delaminations and matrix cracks as shown in Fig. 2. 
Circular undamaged portion was left at the center as 
mentioned by [8][9]. Its diameter was set di=5.0 mm. 

PREDICTION OF COMPRESSION AFTER IMPACT STRENGTH 
BASED ON INSTABILITY OF DELAMINATION 
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Outer diameters of delaminations were modeled so 
as to increase gradually from the front side to the 
backside. Two sizes of the damage were calculated. 
The average diameters d were 30 mm (DSD30: do 
=25.5~34.5 mm) and 40mm (DSD40: do =35.5~44.5 
mm), respectively. 

The finite element analysis was performed by 
ABAQUS/Standard. Laminate was used 20-node 
brick elements. Uniform compressive displacement 
was applied to the loading edge. Small distributed 
load was applied to the top surface at the center of 
the plate to give a small out-of-displacement. 
Geometrical nonlinearity and contact condition of 
delaminated surfaces were considered in the analysis. 

Zero-thickness interface elements with 16 nodes 
to calculate delamination growth were used in the 
damage growth simulation. The element had 121 
(11×11) integration points to accurately approximate 
internal stress. Bilinear relation of traction-

separation was used. Onset and propagation criteria 
of delamination under mixed mode condition were 
expressed by quadratic form of traction and power 
law form of energy release rate component, 
respectively. Critical energy release rate of opening 
and shear components were set GIC=0.4kJ/m2 and 
GIIC=1.8kJ/m2, respectively, which are interlaminar 
fracture toughness of IM600/133 [19]. 

 
3 Results and discussions 
3.1 Postbuckling behavior 

The deflections of the model DSD30 are plotted 
against applied load in Fig. 3. A deformed shape of 
the damaged portion of the buckled plate is shown in 
Fig. 4. Out-of-plane displacements of 5 points 
(Center, A, B, Front side, and Back side) are 
indicated in Fig. 4. Broken line is the center 
deflection of intact plate. Dot lines without marks 
show post-buckling paths of the five points when 
damage did not grow. The lines with marks are out-
of-displacement of the five points when the damage 
growth was considered. 

Surface buckling occurred at very low 
compressive load because the delaminated layers 
near the surfaces were very thin compared to the 
other inside delaminated layers. When applied load 
was about 100 kN, displacement of the center of the 
plate started increasing gradually, while the 
displacements outside the damage were very small. 
So, we named this stage “local through-thickness 
buckling”. 

The laminate deformed globally after applied 
load exceeded 220 kN when damage growth was not 
considered. The displacement of the center of the 
plate started decreasing at about 250 kN. The two 
points A and B displaced in the opposite directions. 
Finally, the laminate deformed took an anti-
symmetrical shape. If damage did not grow, the 
post-buckling behavior of impact damaged laminates 
would consist of four stages; 

(a) The surface buckling 
(b) The through-thickness local buckling 
(c) The symmetrical global buckling 
(d) The anti-symmetrical global buckling. 

If the laminate is sufficiently thick, the damage 
growth probably occurs before the global buckling. 
 
3.2 Energy release rate distribution 

 
Fig. 1 Finite element discretization 

 

 
Fig. 2 Double-spiral-damage d=30mm (DSD30) 
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PREDICTION OF COMPRESSION AFTER IMPACT STRENGTH 
BASED ON INSTABILITY OF DELAMINATION 

Fig. 5 shows energy release rate distributions 
along inside and outside edges of the delaminations 
when the applied load was 140kN. Horizontal axis is 
the angle from the transverse crack of central layer. 
Vertical axis is the energy release rate. The angles 
written above the graph show the fiber direction of 

the corresponding ply. The energy release rate at the 
inside edges (G-in) was much higher than the 
outside edge. So, the inside edges of the damage 
tend to grow and the counter delaminations merge at 
early stage of the local through-thickness buckling. 
The energy release rate tended to be large near the 
mid-plane, while delaminations near the surfaces 
had high energy release rate due to local surface 
buckling. The energy release rate at the outside edge 
(G-out) was high at the transverse edges (±45°/90°), 
while at the inside edges was high in the longitudinal 
edges (0°/±45°). The delaminations locating inside 
the laminate closed and only surface delaminations 
opened. Therefore, the energy release rate of the 
delaminations near the surfaces had mode I 
component, and others were dominated by shear 
component. 

Fig. 6 shows peak values of the energy release 
rate of the outside transverse edges. The positions 
were numbered from the top to the bottom as 
illustrated in Fig. 5. Portion 1 locates next to the 
impact side and portion 7 is nearest to the backside. 
After the surface buckling, the energy release rate at 
portion 1 and 7 started increasing gradually. The 
energy release rate was high at portion 7 which had 
largest delamination. The energy release rate of all 
portions increased rapidly after the local buckling 
occurred at 230 MPa for DSD30 and at 140 MPa for 
DSD40. The increasing rate tended to be higher for 
the smaller delaminations. The energy release rate of 
DSD40 was much larger than that of DSD30 when 
load was same. Unstable damage growth was 
expected, because the energy release rate increased 
with the delamination growth. CAI strengths 

 
Fig. 3 Relationships between applied load and 

deflections of DSD30 
 

 
Fig. 4 Local buckling of damaged portion (120 kN) 
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Fig. 5 Energy release distribution at 140 kN 
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obtained by the test were plotted against the mode II 
critical energy release rate GIIc for several laminates 
in Fig. 6 [18]. These relationships were well 
correlated with the present results obtained by finite 
element analysis. 

The compressive stress in the 0° layers at the 
both side of damage was checked and found to 
become large. We obtained the applied stress when 
the maximum compressive stress reached the 
compressive strength of the quasi-isotropic 
laminates of IM600/133. Fig. 7 shows a rough 
estimate of failure strength when the laminate breaks 
due to the concentrated compressive stress. 

Horizontal broken lines show the expected 
compressive failure stress for DSD30 and DSD40. 
Compressive failure can occur or interact with the 
delamination instability if interlaminar fracture 
toughness is very high. 
 
3.3 Damage propagation 

Damage propagation process obtained from the 
damage growth analysis is shown in Fig. 8. The 
completely failed interface elements colored and the 
color bar shows the location of delaminations. The 
delaminations near the bottom surface started 
growing at about 100~120 kN due to the surface 
buckling. The delamination at the second interface 
from the top surface a little propagated inward and 
the damages at the third interfaces from the both 
surfaces grew outward. After the through-thickness 
local buckling, the damage propagated gradually. 
The inside delamination edges propagated in the 
loading direction. In particular, the delaminations 
near the mid-plane grew faster. Some pairs of 
delaminations merged at about 150 kN as shown in 
Fig. 9(b). The transverse edge of damage propagated 
outward as shown in Fig. 9 (a). At the beginning of 
damage propagation, the delaminations at the third 
interface from the both surfaces propagated due to 
the opening of the delamination tip. All the 
delaminations of the transverse grew after the 
through-thickness local buckling. Moreover, it 
seemed that the growth of delaminations near the 
impact side was larger than near the backside. These 
results were well correlated with the results of 
energy release rate distribution. The calculation 
could not be converged after the whole damage 
rapidly propagated to the transverse direction at 
157kN. Consequently the analysis terminated. It is 
thought that the damage grows stably before 
unstable propagation of the damage occurs. 

In fact, the stable growth of the impact damage 
before final failure of laminate was observed in CAI 
test. Fig. 10 shows an ultrasonic image of the 
damage propagation [20]. In this experiment, it was 
observed that the shape of the Initial damage did not 
change significantly until applied load was about 
100 kN. After the delamination grew a little, the 
unstable propagation of the whole damage to the full 
width occurred instantly. This was probably the 
trigger of the final failure of impact damaged 
laminate. 
 

 
Fig. 6 Increase of energy release rate of delamination 

edges and relationships between CAI strength 
and interlaminar fracture toughness 

 

 
Fig. 7 Prediction of failure strength and experimental 

result 
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PREDICTION OF COMPRESSION AFTER IMPACT STRENGTH 
BASED ON INSTABILITY OF DELAMINATION 

3.4 Prediction of CAI strength by simulation of 
damage growth using explicit method. 

To investigate failure process including unstable 
damage growth, a simulation by ABAQUS/Explicit 
was carried. In this analysis, 8-node continuum shell 
elements were used for the laminate. 8-node 

cohesive elements were set to the interfaces of the 
laminate and in the layer where the matrix cracks 
were expected to occur. Mass scaling was used. Fig. 
11 shows relationships between applied load and 
end-shortening. Broken line and dark solid line show 
the load-displacement relationship of an intact plate 
and the damaged laminate without damage growth, 
respectively. “Implicit” and “Explicit” show the 
relationships between the load and end-shortening 
for the damaged laminates with considering damage 
growth obtained by an implicit and explicit method. 
Critical load obtained by the explicit method was 
slightly smaller than that by the implicit method. 
The explicit method could show the unloading path 
due to the unstable damage growth. The reason why 
the implicit analysis stopped due to the difficulty of 
the convergence is thought to be the unstable 
damage growth at the point. 

 
Fig. 8 Damage propagation of DSD30 

 

 
Fig. 9 Delamination propagation at 157 kN 
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(b) Specimen 2 (Bottom view) 

Fig. 10 Ultrasonic image of the damage propagation 
during CAI test (IM600/133, 6.7J/mm) [20] 
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Relationships between compressive stress and 
strain obtained from CAI test of IM600/133 
specimen [20] are compared with the present result 
obtained by the explicit method in Fig. 12. The 
strains were measured on the both surfaces at a point 
beside the damage and 20 mm from the center of the 
plate. The present results well correlated with the 
experiment. 

Fig. 13 shows the propagation history of the 
delamination 7 obtained by the explicit method. At 
the load of 132 kN, a small damage growth was 
observed as obtained by the implicit method. The 
delaminations grew stably up until all the 
delaminations simultaneously and unstably started 
growing to the transverse direction at 140 kN. The 
load decreased with the damage growth. The history 
of the whole damage with the load increase is shown 
in Fig. 14. When the load was below 130 kN, no 
damage shape grew. Then, the damage grew inward 
and center portion was fully delaminated at 137 kN. 
The load was much lower than the load obtained 
from the implicit method. It is because propagation 
of the matrix cracks was considered in the explicit 
analysis while growth of matrix crack was not 
considered in the implicit analysis. The size of the 
damage at the unstable propagation onset was almost 
same as that the analysis stopped due to the 
difficulty of convergence. Unstable damage growth 
occurs after a small damage growth. The analytical 
results without damage growth may give some error 
but the difference of the failure load is not 
significant. 
 
4 Conclusions 

The postbuckling behavior and the failure 
process of CFRP laminate with the double-spiral 
shape damage were numerically simulated 
considering damage growth. It is revealed that the 
damage grows stably by some extent before the final 
failure of the laminate occurred. However, the 
growth was not significant and we can estimate the 
failure load with a sufficient accuracy from the 
analytical results without damage growth. 

Considering the numerical cost, the results are worth. 
The matrix crack propagation is necessary to be 
considered to get accurate solution. Also 
compressive damage in 0° layer may be necessary to 
be considered, because maximum compressive strain 
can be sufficiently large that the reduction of 
compressive elasticity is necessary to be considered. 

 
Fig. 11 Relationships between applied load and 

displacement of loading edge (DSD30) 
 

 
Fig. 12 Comparison of stress-strain curve obtained 

from CAI test and FEM 
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ABSTRACT  

Strengthening and repairing existing structures is 

often more economical and sustainable than 

demolishing and afterwards rebuilding them.  

Concrete structures can be strengthened using high 

performance glass fibre Textile Reinforced Cements 

(TRC) as an external reinforcement. Until now no 

evaluation of the cracking behaviour of this system 

with respect to the established technique of CFRP 

strips is reported. This paper presents the 

experimental comparison between both techniques, 

based on four point bending tests with third point 

loading, where the crack pattern evolution is 

monitored with Digital Image Correlation (DIC). A 

wider TRC external reinforcement retrains the high 

initial stiffness up to a higher load and reduces the 

crack widths in comparison with the CFRP solution, 

designed to meet an equal failure load. These 

advantages can be attributed to the crack bridging 

capacity of the external reinforcement. 
 

1 Introduction 

The growing urbanization together with the 

awareness on reducing carbon emission, originating 

from the construction industry, increases the need 

for strengthening and repair of the existing buildings 

and infrastructure, in disfavour of new construction. 

Several strengthening and repair systems for steel 

reinforced concrete structures are currently 

commercially available; one of the most common 

systems is the externally bonded Fibre Reinforced 

Polymer (FRP) strip. For this application most often 

carbon fibres are embedded in an epoxy matrix 

(CFRP) [1, 2]. Despite of the numerous successful 

applications of the CFRP system there is still a 

strong need for improvements concerning the heat 

resistance, fire safety and high cost. The use of a 

TRC could possibly offer an answer to these needs, 

where the cementitious matrix material is heat 

resistant and fire safe and the E-glass fibres are less 

expensive compared to the carbon fibres. 

 

Cementitious materials are stiff and strong materials 

in compression, but they are characterized by a low 

tensile strength and a brittle behaviour. Therefore 

these materials need to be reinforced with traditional 

steel reinforcement or, alternatively with fibres. 

Until now most studies concerning fibre 

reinforcement for concrete concentrated on 

discontinuous fibre structures, which can increase 

the ductility but hardly or not the tensile strength [3, 

4]. If one wants to create a ductile cement matrix 

composite with an increased tensile strength, a dense 

and continuous fibre structure such as fibre textiles 

should be used, leading to a Textile Reinforced 

Cement (TRC).  

 

Cost effective E-glass fibres are often used in the 

composites industry. An important drawback 

however of these fibres in combination with a 

cementitious matrix is the reduction of their 

performance with time, due to the alkaline 

environment of an ordinary concrete or mortar [5] 

and to portlandite deposition. In order to avoid fibre 

degradation the Vrije Universiteit Brussel developed 

an Inorganic Phosphate Cement (IPC) [6], which is 

acidic in fresh state, but neutral after hardening. The 

time of the acidic phase is sufficiently short not to 

degrade the properties of the glass fibres. Its 

relatively small grain size (between 10 and 100 µm) 

moreover enables to impregnate dense textiles up to 

high fibre volume fractions (up to 25 % in volume 

[7]). As a result, a durable cementitious composite 

with high tensile (up to 60 MPa for IPC reinforced 

with randomly oriented glass fibre textiles) and 

compressive (80 MPa) capacities and which is heat- 

and fire resistant (highest European class A1), is 

created, what makes it appropriate for structural 

applications. The tensile behaviour of glass fibre 

reinforced IPC (IPC TRC) is nonlinear and consists 

of 3 zones: the first linear elastic zone, where fibres 

and matrix are working together; a second zone 

where the matrix cracks; and finally a second linear 

zone where only the fibres contribute to the strength 

and stiffness of the TRC. [8] 

COMPARISON BETWEEN TRC AND CFRP AS EXTERNAL 
REINFORCEMENT FOR PLAIN CONCRETE BEAMS 
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Recently there is an increased interest in the use 

TRC’s for structural applications like stay-in-place 

formwork [9, 10] and strengthening and repair of 

concrete structures [11, 12, 13, 14, 15]. Especially 

IPC TRC has already proven its capabilities as a 

material for structural stay-in-place formwork [16, 

17, 18] and external strengthening [19] of concrete 

beams. These studies revealed that the initial 

uncracked stiffness of the concrete beam is retained 

far above the calculated and measured cracking 

moment. This increased stiffness can be very 

interesting in cases where the serviceability limit 

state of deflection is governing the (re)design. 

However no validation concerning the cracking 

behaviour has been presented compared to the 

existing techniques like external CFRP 

reinforcement. Moreover only few studies have 

investigated the general influence of an externally 

bonded reinforcement on the crack pattern of the 

concrete beam [20, 21]. Therefore this paper 

compares the behaviour of plain concrete beams 

externally reinforced with a standard full-width IPC 

TRC strip, a CFRP strip designed to meet the same 

failure load and a CFRP strip with the same width as 

the IPC TRC. This comparison is based on four 

point bending tests with third point loading, which 

are monitored with Digital Image Correlation (DIC) 

to follow the crack pattern evolution. 

 

2 Experimental program 

2.1 Specimen types 

To compare the effects of external reinforcement 

made of IPC TRC and CFRP on the load bearing 

behaviour and on the crack pattern evolution of a 

plain concrete beam, 4 specimen types are designed 

and subjected to a four point bending test with third 

point loading. The reinforcing material, the width of 

this reinforcement and the application method are 

varied, resulting in the following specimens (Tab. 

1): 

 

1. IPC TRC – full width – glued 

2. IPC TRC – full width – glued and bolted 

3. CFRP – 14 mm – glued 

4. CFRP – full width – glued 
 

The beams have a total length of 650 mm, a distance 

between the supports of 600 mm, and a nominal 

height and width of 95 mm and 70 mm. The IPC 

TRC reinforced beams are strengthened by gluing a 

strip made of IPC reinforced with 8 glass fibre mat 

layers of 300 g/m² (resulting in a nominal thickness 

of 4 mm) over the entire tensioned lower surface of 

the beam (type 1 in Tab. 1). For the CFRP 

reinforced beams, a CFRP strip with a standard 

thickness of 1.2 mm is glued underneath the 

concrete. For one beam type, the CFRP covers the 

whole width of the beam (type 4 in Tab. 1). Another 

one has a strip of 14 mm wide (type 3 in Tab. 1), so 

as to obtain the same ultimate load as the IPC TRC 

reinforced beam, following the FIB bulletin 14 [1]. 

Before gluing the reinforcement to the beams, the 

concrete surface layer of around 10 mm is removed 

with a diamond saw such that the granulates are 

reached for all beams. The external reinforcement is 

bonded onto the concrete with a two-component 

epoxy glue (PC 5800/BL [22]), which is also 

commercially used for the gluing of CFRP 

reinforcement strips. Given previous experiences 

[19], an extra beam type was tested where two 

additional bolt connections were applied to avoid 

peeling-off of the IPC TRC reinforcement (type 2 in 

Tab. 1). This connection is made (after the glue 

hardened) by fixing a thread rod (ø 12 mm) using a 

chemical anchor. The nuts are tightened up to 15 

Nm. Such a connection is impossible for the CFRP, 

due to the aligned fibre structure.  

 

2.2 Test set-up 

The above mentioned specimen types are tested 

under four point bending test with third point 

loading (Fig. 1). The loading is displacement 

controlled with a displacement rate of 0.2 mm/min, 

using a servo-hydraulic actuator (Instron 5885H). 

 

During the bending test the behaviour of the beams 

is monitored using a linear variable differential 

transformer (LVDT) placed in the middle of the 

span underneath the beam. The crack pattern 

evolution is followed using the Digital Image 

Correlation (DIC) technique [23], which is a non-

contacting optical measuring technique. 

Displacements can be measured by the comparison 

of subsequent surface pictures taken from a speckle 

pattern of black spots on a white background, which 

is applied on the specimens. Out of the displacement 

field, the strains can be calculated. One pair of 

cameras follows the side of the beam and another 

pair of cameras the bottom. Both systems are able to 

measure a window of approximately 200 mm length 

in the middle of the beam, where the bending 

moment is constant. 
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2.3 Used materials 

2.3.1 Concrete  

To simulate the conditions of an old building 

consisting of damaged beams or beams with 

insufficient loadbearing capacity, a low strength 

concrete is designed with following mass 

proportions: 

 

- 220 kg Portland cement CEM II 32.5N 

- 80 kg fly ash 

- 165 l water 

- 482 kg sand (0/2) 

- 482 kg gravel (4/6) 

- 896 kg gravel (6.5/14) 
 

Tab. 2 shows the mean material characteristics after 

14 days of age, which is the testing age of the 

beams. Due to the low strength mixture, the scatter 

on the material characteristics is significant (up to 5 

%). 

 

The compressive strength is the cylindrical strength 

calculated from tests performed on cubic specimens, 

with sides of approximately 100 mm. This 

calculation is based on [24]. 

 

 2.3.2 IPC TRC 

The matrix material IPC is mixed in the mass 

proportions of: 

 

- 1 liquid component  

- 0.82 high performance powder 

 

The glass fibres used are randomly oriented in-plane 

chopped strand mats Vetrotex M5, with a mass of 

300 g/m².  The laminates consist of 8 layers of these 

fibre mats, resulting in a fibre volume fraction of 22 

% and in the mean material characteristics shown in 

Tab. 3. 

 

2.3.3 CFRP 

A commercially available CFRP strip is used [25], 

on which only one tensile test is performed, resulting 

in a tensile strength of 2210 MPa and a Youngs 

modulus of 143 GPa. 

 

3 Experimental results 

This section first compares the analytical and 

experimental results concerning the cracking 

moment of the reinforced beams. Hereafter the load 

deflection curves of the IPC TRC and CFRP 

reinforcement systems are compared based on the 

cracking moment and failure load. Finally the DIC 

data are analysed, resulting in a comparison of the 

crack patterns and their evolution for both 

reinforcing systems. 

 

3.1 Analytical versus experimental results 

Fig. 2 represents the load-deflection curves of the 

four point bending tests performed on the different 

beam types. The curved lines represent the 

experimental measured evolution, while the 

horizontal line indicates the average analytically 

calculated cracking moment. A zoom of the curves, 

for loads from 0 kN to 7 kN and for deflections from 

0 mm to 0.5 mm is given in the lower right corner. 

 

The observation of an apparent increased cracking 

moment due to the application of externally bonded 

reinforcement on a concrete beam, as discussed for 

IPC TRC in [16, 17, 18, 19], is confirmed by Fig. 2. 

Both IPC TRC reinforced beams (type 1 and 2) keep 

their initial stiffness up to a load of 6 kN (instead of 

the analytically calculated 3 kN, or an increase of 

100 %); the CFRP reinforced beams of type 3 and 4 

retain their stiffness up to 4 kN and 20 kN 

respectively (increase of 33 % and 567 %). This 

apparent raise in cracking moment causes an upward 

shift of the second part of the load-deflection curve, 

resulting in a lower deflection than calculated for the 

same applied load. This shift may be useful in cases 

where the serviceability limit state of deflection is 

governing. 

 

The conservation of initial high stiffness shows to be 

independent of the use of extra anchorage 

mechanisms for the IPC TRC reinforced beams, as 

beam type 1 and 2 both reduce in stiffness at an 

equal load (6 kN).  

 

3.2 Load-bearing behaviour of IPC TRC versus 

CFRP reinforced beams 

Using the stiffer and stronger CFRP reinforcing 

material with the same contact area results in 

stiffness conservation up to a 200 % higher load. 

Using however the same stiff and strong CFRP, but 

with a reduced width (14 mm instead of 70 mm) 

designed to achieve the same ultimate load as the 

IPC TRC reinforced beams, the apparent gain in 

cracking moment is only one third (33 %) of the one 

achieved with IPC TRC (100 %). This observation 
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indicates that the raise is highly dependent on the 

contact area between the reinforcement and the 

concrete. Covering the entire tensile face thus 

appears to better hinder the crack extension and 

opening.  

 

Both simply glued beams (type 1 and 3) fail at 10.5 

kN, which is significantly lower than the calculated 

failure load of 15 kN (calculation based on [1]). The 

type 4 beam also does not reach the calculated 

failure load of 26 kN. The failure mode for these 

three beams is premature peeling-off of the external 

reinforcement. Only beam 2, with additional bolted 

end connections, fails in the designed favourable 

failure mode of concrete crushing and IPC TRC in 

tension. Apart from this failure mode, beam 2 is also 

the only one capable of reaching the calculated 

ultimate load. This confirms the conclusions drawn 

in [19], that additional bolt connections are needed 

to fail at the designed load and in a favourable way. 

 

The above findings indicate that for an equal 

loadbearing capacity, the wider IPC TRC 

reinforcement (types 1 and 2) is more effective than 

the narrow CFRP one (type 3). 

 

3.3 Cracking behaviour 

Based on the DIC results, a comparison between the 

cracking behaviour of a concrete beam reinforced 

with IPC TRC and with CFRP is made. 

 

Fig. 3 shows the horizontal displacement (Y-axis) 

versus the horizontal position on the beam (X-axis), 

both expressed in mm, for different load steps. The 

curves are obtained by extracting the DIC data over 

a full line with 2000 points, drawn over the entire 

visible width, as close as possible to the bottom but 

still in the concrete area. The vertical discontinuities 

indicate a sudden increase in displacement, and thus 

a crack in the concrete. A crack is defined at the 

maximum load as a difference in horizontal 

displacement bigger than 0.02 mm over a horizontal 

interval of 5 mm, and that is not adjacent to another 

crack interval. An overview of the plotted cracks and 

their numbering is given in the top left corner of 

each graph. This overview is based on the strain 

field of the beam at its maximum load. The purple 

colour represents a negative or zero strain field, and 

the more the colour evolves to red tones the higher 

the strain becomes. The red zones, representing a 

strain of 1 % or higher, indicate the cracks. 

 

The conclusions concerning the cracking moment 

drawn from Fig. 2 are confirmed by Fig. 3: the 

larger the contact surface between concrete and 

external reinforcement, the more effective the 

external reinforcement works. Only beam type 3 (14 

mm wide contact area) exhibits already clear 

discontinuities at a load of 5 kN. This beam type is 

also the only one that hardly forms 3 cracks, versus 

at least 6 cracks for the other beam types. Moreover, 

the cracks of beam 3 open clearly more wide than 

the other beams (maximum crack width of 0.85 mm 

for beam 3 versus max 0.5 mm for beams 1, 2 and 

4).  

 

At a comparable load step of 10 kN both IPC TRC 

reinforced beams and the beam type 4 exhibit more 

or less the same amount of cracks (6 cracks). 

Exceeding this load, it is clear for the IPC TRC 

reinforced beam of type 2 that 3 extra cracks are 

developed, meaning that the external reinforcement 

enables the nucleation of extra secondary cracks 

rather than developing the existing ones. Due to the 

very high strength and stiffness of the CFRP strip 

the crack widths for beam type 4 remain very small 

over the entire loading process.  
 

The evolution of the crack widths with an increasing 

load is given in Fig. 4. All cracks present in the 

beams are represented and indicated with the same 

numbering as in Fig. 3. To clarify the onset of the 

crack development, the upper right corner shows a 

zoom in this curve for loads from 3 kN to 7 kN and 

crack widths from 0 mm to 0.02 mm. In all graphs 

the relapse of the curve after the maximum load is 

reached, is left out to preserve the overview. 

 

Fig. 4 indicates that all beam types exhibit already 

the beginning of at least one crack at a load less than 

5 kN, even when the initial high stiffness does not 

reduce up to a higher load, as discussed for Fig. 2. 

This leads to the conclusion that the raise in cracking 

moment in Fig. 2 is only an apparent retardation, as 

the stiffness is retained but the cracks actually 

initiate. For beam types 1, 2 and 4, the crack growth 

is a gradual and slow process. This is in contrast 

with beam type 3, where the cracks even reveal a 

horizontal plateau at a load of 4 kN, meaning that 

the crack width increases without an increase in 

load. The latter corresponds with only a limited 

apparent increase in cracking moment (33 %), this in 

contrast to the other beam types, where respectively 

100 % is reached for types 1 and 2 and 567 % for 

type 4. 
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Fig. 5 gives an overview of the strain fields in the 

central parts of the beams, measured at the side 

(upper row) and the bottom (lower row), at both a 

load of 10 kN and the maximum load. An identical 

strain scale as the overviews in Fig. 3 is used. By the 

nature of the measuring technique only surface 

properties can be measured. This implies that for the 

bottom side only the strains of the external 

reinforcement are visualized and not the properties 

of the concrete or glue underneath it.  

 

Fig. 5 clearly indicates that the localized strains in 

the concrete that are visible at the side of the beams, 

corresponding to cracks, are spread over the whole 

length of the external reinforcement. The external 

reinforcement thus possesses a crack bridging 

capacity, which may explain the preservation of the 

beam’s initial stiffness and the apparent retardation 

of the cracking moment. As the contact area is lower 

for beam type 3 and as this probably influences the 

crack bridging capacity in an unfavourable way, it 

might explain that the initial stiffness of this beam is 

retained less long than the one of the other beam 

types. 

 

4 Conclusions  

Comparative four point bending tests with third 

point loading on small scale concrete beams with 

external reinforcement made of CFRP on the one 

hand and IPC TRC on the other hand, show that the 

high initial stiffness of the beam in conserved long 

after cracks nucleate. The preservation of the 

stiffness is independent on the anchorage 

mechanism, but it increases with an increasing 

strength and stiffness of the external reinforcement 

and it decreases with a decreasing contact area. This 

smaller contact area also results in a lower amount 

of cracks with a bigger total crack opening, which is 

detrimental for the moisture penetration and thus 

durability of the inner steel reinforcement. A 

possible explanation for these phenomena can be 

found in the crack bridging capacity of the external 

reinforcement. When designing for an equal failure 

load, the wider IPC TRC reinforcement assures a 

retention of the high initial stiffness up to a higher 

load and reduced crack widths with reference to the 

CFRP solution.  

 

The application of IPC TRC as an external 

reinforcement material enables the application of 

extra bolt connections. Using bolts as an extra 

anchorage results in a more favourable failure mode 

of concrete crushing and IPC TRC in tension, 

instead of the brittle failure due to peeling-off of the 

external reinforcement. 
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Tab.1. 4 beam types were made. 

Beam 
type # 

Reinforcement 
Connection 

material width 
1 IPC TRC Full Glued 

2 IPC TRC Full Glued and bolted  

3 CFRP 14 mm Glued 

4 CFRP Full Glued 

 

Tab.2. Mean material characteristics concrete after 14 

days of age, which is the testing age of the beams. 

Compressive strength 16.8 MPa 

Young modulus 28.2 GPa 

Modulus of rupture 3.5 MPa 

 

Tab.3. Mean material characteristics glass fibre reinforced 

IPC TRC. 

Tensile strength 67.9 MPa 

Young modulus stage I 21.0 GPa 

Young modulus stage III 4.7 GPa 

 

 

Fig.1. A four point bending test with third point load is 

performed on the externally reinforced beams. 
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Fig.2. The load-deflection curves indicate that the initial uncracked beam stiffness is retained to significantly higher 

loads than calculated (dotted line at 3 kN) for all four beam types. 
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Fig.3. The horizontal displacement curves and strain 

fields show that only beam type 3 exhibits only 3 cracks 

which grow wider than the other beams and that higher 

failure load enable the nucleation of new cracks. 

 
 

 
 

 
 

  

Fig.4. For all beam types cracks nucleate at a load less 

than 5 kN, but except for beam type 3 the cracks do not 

grow significantly until a much higher load is applied.  
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Type 1 

10 kN 10.7 kN 
 

 
 

 

 

 

 

 

 
 

Type 2 

10 kN 17.5 kN 
 

 
 

 

 

 

 

 

 
 

Type 3 

10 kN 10.6 kN 
 

 

 

 
 

 

 

 

 
 

Type 4 

10 kN 22.1 kN 
 

 

 

 
 

 

 

 

 
 

Fig.5. The uniform strain field in the external 

reinforcement indicates a crack bridging capacity. 

 

References 

[1] CEB-FIP “fib bulletin 14 Externally bonded FRP 

reinforcement for RC structures”, www.fib-

international.org, July 2008. 

[2] L.C. Bank “Composites for construction: Structural 

Design with FRP Materials". John Wiley & Sons, 

Inc. Hoboken, New Jersey, Chapter 1.4, 9, 10, 11, pp 

10-18 and 227-358, 2006. 

[3] V.C. Li “Invited paper on Engineered Cementitious 

Composites (ECC), A Review of the Material and Its 

Applications”. Journal of Advanced Concrete 

Technology, Vol. 1, No. 3, pp 215-230, November 

2003. 

[4] H.W. Reinhardt and A.E. Naaman “High 

Performance Fibre Reinforced Cement Composites: 

Proceedings of the 5
th
 International RILEM 

Workshop (HPFRCC5)”. Rilem Publications, 

Bagneux, France, pp 1-134, 2007. 

[5] J. Orlowsky, M. Raupach, H. Cuypers, J. Wastiels 

“Durability modelling of glass fibre reinforcement in 

cementitious environment”. Materials and 

Structures, Vol. 38, N° 276, pp 155-162, 2005. 

[6] European Patent Office “EP 0 861 216 B1, Inorganic 

Resin Compositions. Their Preparation And Use 

Thereof”. May 2000. 

[7] O. Remy and J. Wastiels “Development of 

impregnation technique for glass fibre mats to 

process textile reinforced cementitious composites”. 

Plastics, Rubbers and Composites, Vol.39, No 3-4-5, 

pp 195-199, 2010. 

[8] H. Cuypers, J. Wastiels “Thin and Strong Concrete 

Composites with Glass Textile Reinforcement: 

Modeling the Tensile Response”. ACI Special 

Publication Textile-Reinforced Concrete, SP-250, 

American Concrete Institute, pp 131-148, 2008. 

[9] C.G. Papanicolaou and I.C. Papantoniou “Mechanical 

behaviour of Textile Reinforced Concrete (TRC) / 

Concrete Composite Elements”. Journal of advanced 

concrete technology, Vol. 8 No. 1, pp 35-37, 2010. 

[10] I.C. Papantoniou and C.G. Papanicolaou “Textile 

Reinforced Concrete (TRC) for precast Stay-in-Place 

formwork elements”. Tailor Made Concrete 

Structures, Taylor & Francis Group, London, pp 475-

481. ISBN 978-0-415-47535-8, 2008. 

[11] R. Contamine, A. Si Larbi and P. Hamelin 

“Identifying the contributing mechanisms of textile 

reinforced concrete (TRC) in the case of shear 

repairing damaged and reinforced concrete beams”. 

Engineering Structures, Vol. 46, pp 447-458, 2013. 

[12] L. Ombres “Flexural analysis of reinforced concrete 

beams strengthened with a cement based high 

strength composite material”. Composite Structures, 

Vol. 94, pp 143-155, July 2011. 

ICCM19 2259

http://www.fib-international.org/
http://www.fib-international.org/


 

9  

COMPARISON BETWEEN TRC AND CFRP AS EXTERNAL 

REINFORCEMENT FOR PLAIN CONCRETE BEAMS 

[13] A. Si Larbi, R. Contamine, E. Ferrier and P. Hamelin 

“Shear strengthening of RC beams with textile 

reinforced concrete (TRC) plate”. Construction and 

Building Materials, Vol. 24, pp 1928-1936, May 

2010. 

[14] A. Si Larbi, R. Contamine and P. Hamelin “TRC and 

hybrid solutions for repairing and/or strengthening 

reinforced concrete beams”. Engineering Structures, 

Vol. 45, pp 12-20, July 2012. 

[15] T.C. Triantafillou and C.G. Papanicolaou “Shear 

strengthening of reinforced concrete members with 

textile reinforced mortar (TRM) jackets”. Materials 

and Structures, Vol. 39, pp 93-103, 2006. 

[16] S. Verbruggen, O. Remy and J. Wastiels “Structural 

stay-in-place formwork of textile reinforced cement 

for concrete beams”.  Proceedings of the 

International Conference on Material Science and 

64th RILEM Annual Week, Aachen, Vol. I, pp 185-

192, 2010. 

[17] O. Remy, S. Verbruggen, J. Wastiels and T. Tysmans 

“Cement composite stay-in-place formwork: a 

concept for future building systems”. Proceedings of 

the 18
th

 International Conference on composite 

materials, Jeju Island, Korea, August 2011. 

[18] S. Verbruggen, O. Remy, J. Wastiels and T. Tysmans 

“Stay-in-place formwork of TRC designed as shear 

reinforcement for concrete beams”. Advances in 

Materials Science and Engineering, Modeling, 

Characterization, and Processing of Advanced 

Composites, Vol. 2013, April 2013. 

[19] S. Verbruggen, J. Wastiels, T. Tysmans, O. Remy 

and S. Michez “The influence of externally bonded 

longitudinal TRC reinforcement on the crack pattern 

of a concrete beam". Proceedings of ICCRRR 2012, 

Cape Town, pp 1259-1265, September 2012. 

[20] T. Kamada “The effects of surface preparation on the 

fracture behavior of ECC/concrete repair system”. 

Cement & Concrete Composites, Vol. 22, No 6, pp 

423-431, 2000. 

[21] A. Aprile and L. Feo “Concrete cover rip-off of R/C 

beams strengthened with FRP composites”. 

Composites Part B, Vol. 38, No 5-6, pp 759-771, 

2007. 

[22] TRADECC “PC 5800/BL”, http://norborn.no/wp-

content/uploads/2011/12/PC-5800-BL-TD.pdf, May 

2009. 

[23] M.A. Sutton, J.J. Orteu, H.W. Schreier “Image 

Correlation for Shape, Motion and Deformation 

Measurements. Basic Concepts, Theory and 

Applications”. Springer Science+Business Media, 

New York, USA, 2009. 

[24] Belgisch instituut voor de normalisatie (BIN), 

“Proeven op beton; Drukproef; addendum 1”, 

Belgian Norm, Brussels, August 1973. 

[25] TRADECC “PC® CARBOCOMP”, 

http://www.frp.co.il/uploadimages/12.pdf, July 2007. 

ICCM19 2260

http://norborn.no/wp-content/uploads/2011/12/PC-5800-BL-TD.pdf
http://norborn.no/wp-content/uploads/2011/12/PC-5800-BL-TD.pdf
http://www.frp.co.il/uploadimages/12.pdf


THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Fiber Reinforced Polymer (FRP) has excellent 

mechanical characteristics, such as lightness and 

high strength. Therefore, it has been extensively 

investigated as an alternative material to metals, and 
recently, it has been used as the structural material of 

aircraft, spacecraft, and hydrogen pressure vessels 

for automobiles. In addition to such excellent 
properties, FRP has much lower thermal 

conductivity than metals and is used as structural 

material in cryogenic engineering. In designing 

cryogenic apparatus such as liquid hydrogen tanks, 
both strength design and thermal design are 

important to reduce the amount of heat flow from 

the surroundings. 
Kamiya et al. [1] studied a conceptual design of a 

large liquid hydrogen (LH2) storage tank. They 

adopted Glass Fiber Reinforced Polymer (GFRP) for 
supports connecting the cryogenic tank and an outer 

chamber at room temperature. They also proposed a 

thermal insulation structure of large LH2 tank, but 

could not show the performance of the tank due to a 
lack of thermal conductivity data of GFRPs. Tsubaki 

[2] also studied insulation structures of a LH2 tank of 

10,000 m3 and proposed the optimum insulation 
structure using GFRP to achieve the boil-off rate of 

0.16 wt% per day. However, because the rate is 

strongly affected by the thermal conductivity of 
GFRP, its accurate values from a room temperature 

to about 20 K are required for the evaluation of the 

boil-off rate. 

Thermal conductivity of FRP will be affected by 
factors such as fiber material, matrix, fiber direction, 

fiber content and so on. Reed et al. [3] have 

reviewed the mechanical and thermal properties of 
unidirectional composites with glass, carbon, boron, 

alumina, and aramid fibers at cryogenic temperature. 

Based on the ratio of strength to thermal 

conductivity, they concluded that GFRP is the best 
support material among the FRPs above 20K. Kasen 

[4] reviewed many works of research on the 

mechanical and thermal properties of GFRPs at 
cryogenic temperatures. He revealed discrepancies 

among the thermal conductivity data obtained by 

some researchers, and pointed out that one of the 

causes of the discrepancies may be inaccuracy of 
their experiments. In addition, Radcliffe et al. [5] 

studied effects of fiber-direction and fiber-content of 

GFRPs and carbon FRPs (CFRPs) on the thermal 
conductivity from 2 to 80 K. The thermal 

conductivity parallel to the fiber was 10-20% higher 

than that perpendicular to the fiber and both were 

proportional to fiber-content. Dmitrevsky et al. [6] 
measured thermal conductivities of glass-fabric-base 

laminates and uniaxial-glass-fiber-base laminates in 

the temperature range of 4 to 80K, and obtained 
trends similar to Radcliffe’s results. The matrices 

they adopted were different but the both have almost 

the same thermal conductivities and the fibers they 
adopted were E-glass. Therefore, although it was 

assumed that thermal conductivities of their 

unidirectional GFRPs should show almost the same 

values, they did not agree well. This result suggests 
that we should measure thermal conductivity with 

higher accuracy under cryogenic condition. 

However, in most of the literature mentioned 
previously [3-6], measurement accuracies were not 

discussed enough. 

In the previous study [7], Tanaka analyzed errors in 
measuring temperature after reducing the amount of 

heat flow by convection and radiation, and pointed 

out that we should consider heat flow through the 

thermocouple wire. He tried to reduce thermal 
contact resistance (TCR) between the thermocouple 

and the specimen by improving contact conditions 

but failed to reduce it to a negligible value. In this 
research, a temperature compensation method using 

TCR between the specimen and the thermocouple 

was proposed [8] and the thermal conductivity of 

GFRP was actually measured between 20 and 80 K. 
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2 Temperature Compensation with Thermal 

Contact Resistance 

In cryogenic experiments, heat flow from the 
surroundings to the specimen should be reduced 

enough. In general, the specimen is covered by 

radiation shields and experiments are performed 
under vacuum condition. If proper countermeasures 

are taken, the amount of heat flow by those heat 

transfers will be in negligible levels. However 

conduction through a conductive wire of the 
temperature sensor still remains as a possible heat 

flow mechanism. 

A Silicon diode thermometer (SD thermometer) and 
a ruthenium oxide resistant thermometer (RuO 

thermometer) are commonly used as cryogenic 

temperature sensor. If we use a manganin wire as the 
conductive sensor wire, because its thermal 

conductivity is low enough, heat flow through the 

conductive wires can be negligible. But their sensor 

heads are not small enough for the measurements of 
local temperatures. An Au(0.07%Fe)/chromel 

thermocouple (AF thermocouple) is also commonly 

used as a thermocouple for cryogenic temperature 
range. As it has a tiny sensor head, it is very suited 

for a measurement of a temperature distribution in a 

specimen. However, as an Au(0.07%Fe) wire has 

large thermal conductivity, we must take a proper 
countermeasure for temperature measurement.  

Generally, there is TCR between two solid surfaces. 

In a room temperature range, the resistance is 
usually small enough. But in cryogenic temperatures, 

it is not ignorable in many cases, because the 

temperature difference between the specimen and 
the thermocouple based on the TCR becomes a 

comparable value with the temperature measured. 

To improve the contact condition, we usually apply 

a load and make the resistance small enough. Figure 
1 shows a schematic image of a thermocouple 

inserted into a specimen. It is obvious from this 

figure that we cannot apply a load between the 

specimen and the thermocouple inserted into a hole, 

and therefore the TCR cannot be negligible. 

By considering the situation previously mentioned, 
we change our way of thinking from reduction of the 

TCR to acceptance of the resistance. Here, we 

propose to compensate temperatures measured with 
thermocouples by a temperature gap based on the 

TCR. Equation 1 shows the relationship between the 

specimen temperature, TS, and the thermocouple 

temperature, TTC. In order to use this compensation 
method, we must know the TCR, R, in advance and 

control the heat flow through the thermocouple into 

the specimen, Q ̇ con. 

 
TS = TTC - RQ ̇ con  (1) 

 

3 Experimental 

3.1 GFRP Specimens 
In this experiment, GFRP having the lowest thermal 

conductivity among FRPs above 20 K [3], was used 

in the thermal conductivity measurements under the 
cryogenic region. First, a unidirectional GFRP block 

was prepared by the hand lay-up method with 

laminated prepreg-sheets of 46% fiber-content (GE 
352H160S, Mitsubishi Rayon Co., Ltd.). Secondly, a 

load was applied to the GFRP block by clamping it 

with copper plates, and it was sintered in a 

thermostatic bath at 130 °C. Finally, two pairs of 
pieces were cut out of the GFRP block. Each pair 

had the same fiber orientation, but consisted of two 

pieces of different lengths (30 mm as group “A” and 
10 mm as group “B”). Two specimens with a fiber 

orientation of 0 degree to its longitudinal direction 

were called A0 and B0. Similarly, the other two with 
a fiber orientation of 90 degree were called A90 and 

B90 (see Fig. 2). The cross-sectional area of the 

specimens was 14 mm2.  

 

Fig. 1. Schematic image of temperature 
measurement point. 
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Fig. 2. CFRP specimens (Top view). 
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For the specimens A0 and A90, three holes of 1 mm 

diameter were drilled to the center of specimen at 

7.5 mm intervals. In addition, bisphenol-A epoxy 
resin, which is the same resin as the prepreg-sheets, 

was poured into the holes. Then three calibrated AF-

thermocouples (TC1, TC2, and TC3) were inserted 
into the holes, and it was left at room temperature 

until the resin cured. After curing, the TCRs 

between each thermocouple and the specimen were 

expected to be constant, but not necessarily equal.  
For the specimens B0 and B90, a hole of 2 mm 

diameter was drilled to the center of each specimen, 

and a SD thermometer was inserted into the hole 
with cryogenic grease (Apiezon-N grease). 

 

3.2 Thermal Contact Resistance Measurement 
In order to measure the thermal contact resistance, 

which is usually unknown, we developed a new 

experimental system shown in Fig. 3. The specimens 

A and B, having the same fiber direction, are 
sandwiched tightly with aluminum plates. The 

assembly was attached to a cold stage in a cryostat 

to establish a uniform temperature field on the test 
section. The pressure in the cryostat was kept at 

about 1.3×10-3 Pa. In addition, as the manganin 

conductive wires for the SD thermometer were 

attached to the aluminum plates, the SD thermo-
meter could accurately indicate the specimen 

temperature. On the other hand, due to the TCR and 

heat flow through the thermocouple, a temperature 
difference between the specimen and the 

thermocouple occurred. The amount of heat flow, 

Q ̇ con , through the thermo-couple was controlled 
with varying the thermal anchor temperature. It was 

assumed that the heat flow only occurred through 
the Au (0.07%Fe) wire, and it can be obtained from 

solving Equation 2. 

 Q ̇
con

 = 
S

L
∫  λAu dT

TTA

TTC

 
(2) 

Here, Au is thermal conductivity of Au [9], TTC is 
the measured temperature of the thermocouple, TTA 

is the temperature of the thermal-anchor, S is the 
cross sectional area of Au wire, and L is the wire 

length between specimen and thermal anchor. Once 

the value of Q ̇ con  is obtained by solving Equation 2, 
the TCR can be determined by Equation 1. 

 

3.3 Thermal Conductivity Measurement 

Using the temperature compensation, the thermal 

conductivities of the GFRP specimens (A0 and A90) 
mentioned previously were measured with the one 

dimensional steady state method. 

 

q̇ = 
Q ̇

A
 = λ

dT

dx
 (3) 

Figure 4 shows the schematics of the test section. 
The cold stage and a heater were attached to the 

specimen. In order to improve the contact conditions 

of the specimen, silver paste was used in between 

the cold stage and the specimen and Apiezon-N 
grease in between the specimen and the heater. The 

specimen was insulated by an aluminum radiation 

shield under vacuum condition, and then the heat 
transfer by radiation and convection became 

negligible. 

The specimen temperature was controlled by 
changing the cold stage temperature from 20 to 80 K. 

The heater output was in between 15 and 30 mW. 

The thermal anchor was common to all 

thermocouples measuring the temperatures at the 
different points of the specimen and its temperature 

was set higher than the specimen temperatures. The 

amount of heat input through each thermocouple 
was in between 0.5 and 1.5 mW. Two of the three 

 

Fig. 3. Test section for thermal contact resistance 

measurement. 

Al-Plate

Cold stage

Specimen A Thermocouple SD thermometer Specimen B
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Qcon

Qsd= 0
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Fig. 4. Test section for the thermal conductivity 
measurement. 
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thermocouples were selected to estimate the thermal 

conductivity with Equation 3. Here, the heat flow 

rate, Q ̇ , was considered as the summation of the 
heat flows from the heater and through each 

thermocouple. 
 

4 Results and Discussions  

4.1 Thermal Contact Resistance 
Thermal contact resistances of the specimens A0 and 

A90 were measured in the temperature range from 

20 to 80 K. The temperatures of specimens B0 and 
B90, which were measured by the SD thermometer, 

matched the cold stage temperature. Thus, the 

uniform temperature field could be established on 

the test section. Therefore, we assume that the SD 
thermometer indicates the temperatures of 

specimens A0 and A90. Figure 5 shows the 

temperature differences, TTC – TS, with respect to the 

amount of the heat flow through the 

thermocouples, Q ̇
con

.  The data seemed to be 

scattered as a whole, and maximum temperature 

difference was about 5 K. However, the straight 
lines fitting of each data set could be distinguished 

as a line from the origin or not. The data of TC1 and 

TC3 for A90 could be approximated as the lines 
from the origin, and those results indicated that TCR 

is constant and independent of temperature. On the 

other hand, the TC2 data for A90 and the data of all 

the thermocouples for A0 could not be approximated 
as lines from the origin. From the results, we 

consider two possibilities. The first is that the TCR 

in Equation 1 will change with temperature. The 
other is that the TCR is constant but the contact 

condition will change with the temperature. Near 

room temperature TCR is generally considered 

constant but there may be a possibility that TCR will 
change with temperature in low temperature region.  

In order to examine the temperature dependency, the 

data of TC1 for A0 were divided into temperature 
ranges of TTC by every 10 K as shown in Fig. 6. The 

slopes of the fitting lines seem to be almost the same 

for all the temperature ranges, and the y-intercepts 
increase as the temperature decreases. Considering 

the results, we adopt Equation 4 instead of Equation 

1. The average value of the slopes can be considered 

as R in the equation. We don’t know whether we 
should call the whole of these terms as TCR or not, 

but for convenience, hereafter, we will refer to this R 

as TCR. 
 

(a) Fiber direction: 0 degree (A0) 

 

 

(b) Fiber direction: 90 degree (A90) 

 
Fig. 5. Temperature difference, TTC – TS, versus  

heat flow rate through thermocouple, Q ̇ con . 
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Fig. 6. Temperature difference, TTC – TS, for each 
temperature range (A0, TC1). 
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TS = T TC  - {RQ ̇

con
+ f (T )} (4) 

Next, we investigated the form of f (T). Figure 7 

clearly shows it can be expressed as a linear 
equation of thermocouple temperature, TTC. Then, 

Equation 4 can be rewrite as Equation 5. 

 
TS = T TC  - {RQ ̇

con
+ (C1∙ T TC + C2 ) } (5) 

Here, the constants, C1 and C2, were determined by 

the least-square method. To confirm consistency of 

this procedure, we rearranged the data by subtracting 
this term from the temperature difference, TTC – TS. 

Figure 8 shows the scattered data was well 

rearranged and could be expressed by a linear 

equation from the origin. The slope of this line, R’, 
should correspond to the TCR. Table 1 shows the 

values of R, C1, C2, and R’ for each thermocouple. 

As the values of R and R’ agree well, we think this 
procedure is reasonable. 

In order to study the causes of the temperature-

dependent term, we observed the cross sections of 

the specimen with a scanning electron microscope. 

Figure 9 shows the cross sections of the specimens 
around the junctions of thermocouples. In the photos 

of TC1 and TC3 for A90, we observed a void or a 

crack around the thermocouples. But in the others 
we couldn’t recognize them clearly. Of course, from 

these photos, it may be very hard to say that the 

cause is contact conditions between the specimen 

and thermocouples. But it might be necessary to 
study an effect of thermal stress on 

thermoelectromotive force. 

We estimated the maximum errors, ΔTmax, and the 
mean square deviations, ΔTrms, of all the data after 

the compensation for each thermocouple by 

Equations 6 and 7. In the equations, TS is the 
specimen temperature and TS

* is the compensated 

temperature of thermocouple. The results for each 

thermocouple were shown in Table 2. By this 

compensation method, the maximum errors were  

 
ΔTmax= max  | TS

*  - TS | (6) 

 

Fig. 7. Temperature-dependent term (A0, TC1). 

 

 

Fig. 8. Thermal contact resistance (A0, TC1). 
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Table 1. Constants in Equation 5. 

 
R 

[K/mW] 

C1 

[K/K] 

C2 

[K] 

R’ 

[K/mW] 

A0 

TC1 0.267 –0.0369 4.327 0.264 

TC2 0.315 –0.0200 2.646 0.315 

TC3 0.194 –0.0235 2.975 0.191 

A90 

TC1 0.641 — — — 

TC2 0.750 –0.0309 2.959 0.751 

TC3 1.293 — — — 

 

 

Fig. 9. SEM images of the cross sections of GFRP 
specimens around temperature measurement points. 

A90

VoidThermocouple ?Crack
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ΔTrms=
√1

n
∑(TS

*  - TS)
2

n

 (7) 

reduced from 5 K to less than 0.7 K and the mean 
square deviations were about 0.3 K. Therefore, we 

can conclude the temperature compensation method 

proposed is effective to improve temperature 

measurement at low temperatures. 

 

4.2 Thermal Conductivity 

Figures 10 and 11 show the thermal conductivities 

of the specimens A90 and A0, without and with the 
temperature compensation in the cryogenic 

temperature region. In the figures, three thermal 

conductivities are shown according to a pair of the 

thermocouples. The subscript of each  represent a 
pair of the thermocouples selected for the calculation. 

In addition, the total errors of 13 at about 70 K is 

shown in the figures. Although the three thermal 
conductivities for the specimen should agree, those 

for A90 without temperature compensation showed 

unignorable differences, but those obtained with the 
compensation agree well (Fig. 10). On the other 

 

(a) without compensation 

 

 

(b) with compensation 
 

Fig. 10. Thermal conductivities perpendicular to 

 the fiber direction (A90). 
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(a) without compensation 

 

 

(b) with compensation 
 

Fig. 11. Thermal conductivities parallel to  
the fiber direction (A0). 
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Table 2. Errors of temperature measurement  

with the compensation. 

[K] 
A0 A90 

TC1 TC2 TC3 TC1 TC2 TC3 

ΔTmax 0.35 0.54 0.47 0.58 0.68 0.63 

ΔTrms 0.20 0.23 0.22 0.31 0.29 0.23 

 

ICCM19 2266



 

 

hand, differences among the three thermal 

conductivities of the specimen A0, were fairly small 

regardless of the compensation, the total 
measurement error was reduced so much by the 

compensation (Fig. 11). Anyway, the thermal 

conductivities of the GFRP increase from 0.1 to 0.3 
W/(m∙K) with the temperature from 20 to 80 K. 

The total error of the thermal conductivity 

measurement is composed of temperature 

measurement error, length measurement error, and 
error of the heat flow rate in the specimen. As the 

effects of the radiation and the heat conduction can 

be considered negligible, the error of the heat flow 
rate is also negligible small. The length 

measurement error seems to be mainly caused by a 

thermal shrinkage of the specimen and the most 
important factor is the temperature measurement 

error. The error of the temperature measurement, ΔT, 

with the temperature compensation is ΔTrms 

mentioned previously. On the other hand, ΔT 
without the compensation is assumed as the mean 

temperature error in the range where Q ̇ con is smaller 
than 1.5 mW in Fig. 5, because 1.5 mW is the 

maximum heat input through the thermocouple. The 

total error of the thermal shrinkage is simplified as a 
sum of the shrinkage of the triaxial components of 

the matrix from the room temperature to the working 

temperature [10]. The error of each factor and the 

total errors of 13 is shown in Table 3. Here, Δ13/13 

is the total error of 13, Q is the heat flow rate in the 

specimen. The maximum total error of 13 can be 

reduced from about 60 % to 15%. Those of both 12 

and 23 with the compensation become about 25%.  
Then, effect of the fiber direction on the thermal 

conductivity of GFRP specimens was investigated. 

As 13 was the most accurate, it was used in the 
following discussion. Figure 12 shows the thermal 

conductivities, 13, of A0 and A90 and the thermal 
conductivity parallel to the fiber, A0, is 10% larger 

than that perpendicular to the fiber, A90. In the 

previous studies, measurement accuracy was 
insufficient to study the effect, but as the 

temperature compensation method improved it 

significantly, we could show the effect clearly. 

Some models for estimating thermal conductivities 
of composites material have been proposed. 

Equation 8 is a typical equation for the thermal 

conductivity parallel to the fiber (Parallel model), 
and Equation 9 for that perpendicular to the fiber 

(Rayleigh model [11]). 

 λ = Vf λf  + (1-Vf) λm (8) 

 λ = λm (1-
2Vf

ν + Vf -
3Vf

 4

ν2 π4
(0.032π4)2

) (9) 

In these equations, f is the thermal conductivity of 

the fibers, m is the thermal conductivity of the 

matrix, Vf is the volume content of the fibers, and  
is a coefficient defined by the thermal conductivities 

of the fiber and matrix (  ν = (λm+λf)/(λm-λf)  ). 

Figure 13 shows a comparison of the measured and 
the estimated thermal conductivities. The measured 

thermal conductivities were the same in Figure 12. 

In the estimation, Vf = 0.46 was assumed and the 

thermal conductivities of E-glass by Radcliffe [5] 
and epoxy resin in the Reference 12 were used. The 

estimated values of the thermal conductivities for A0 

and A90 don’t agree with the measured values. On 
the other hand, Domitrevsky reported a different 

value for glass fiber. Although the fibers in the 

prepreg-sheets we used are E-glass, there might be 

Table 3. Errors of 13 with or without the temperature compensation. 

 
Q 

[mW] 

Temp. 

compensa 

-tion 

T 

[K] 
ΔTTC1 

[K] 
ΔTTC3 

[K] 

ΔTTC1

TTC1-TTC3

 

[%] 

ΔTTC3

TTC1-TTC3

 

[%] 

Thermal 

shrinkage 

(total) 

[%] 

Total error

13 / 13

[%] 

A0 

~15 
without 20-40 2.22 1.62 23.0-32.3 16.8-23.5 4.1 44-61 

with 20-40 0.20 0.22 2.9-4.1 3.2-4.5 4.1 10-14 

~30 
without 30-85 2.22 1.62 15.1-28.3 11.0-20.6 4.1 30-55 

with 30-85 0.20 0.22 1.8-3.2 2.0-3.6 4.1 8-13 

A90 

~15 
without 30-65 0.60 1.13 7.2-11.7 13.5-22.0 4.1 32-39 

with 30-65 0.31 0.23 3.0-4.8 2.2-3.6 4.1 10-15 

~30 
without 40-100 0.60 1.13 4.5-8.0 8.5-15.0 4.1 18-30 

with 40-100 0.31 0.23 2.0-4.0 1.5-3.0 4.1 8-14 
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some possibilities that the thermal conductivity of 

the fibers have different value, because of the 
composition and the crystallinity degree. For further 

discussions on a validity of those estimation 

methods, we need to know the accurate value of the 

thermal conductivity of glass fiber in GFRP.  
 

5 Conclusion 

A temperature compensation method based on the 
thermal contact resistance between the specimen and 

a thermocouple was proposed. The TCR between a 

GFRP specimen and an AF thermocouple was 

measured. Thermal conductivities of GFRP were 
measured in the temperature range from 20 to 80 K 

and are 0.1-0.3 W/(m∙K). Effect of the fiber-

direction is clearly shown that thermal conductivity 
of GFRP for 0 degree is about 10% larger than that 

for 90 degree. 

With the temperature compensation, the maximum 
temperature measurement errors could be reduced 

from 5 K to 0.7 K, and the mean-square-deviations 

of the error was 0.3 K. 
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Fig. 12. Effect of Fiber direction on  

thermal conductivity of GFRP. 
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Fig.13 Thermal conductivities estimated. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Compared to metallic materials, carbon fiber 
reinforced plastics (CFRP) show a much faster 
degradation of their mechanical properties under fire 
conditions. In the case of structural materials in 
aerospace applications it is very important to know 
and understand their mechanical behavior under 
these conditions. Since the occurring temperatures 
are much higher than the usual operating 
temperatures of CFRP these materials show 
complete different properties regarding their strength 
and stiffness and their time-dependence. 
Extensive research has been done to evaluate the 
relationship of the mechanical properties and the 
surrounding temperature of fiber reinforced plastics 
[1-4]. Less work has been done to investigate the 
time-dependent deformation caused by several 
effects such as viscoelasticity, viscoplasticity, 
damage and pyrolysis at temperatures above the 
glass transition temperature (Tg). Most authors 
focused only on some of these aspects [5, 6] or did 
not analyze them at elevated temperatures above Tg 
[7]. In order to have a complete picture of all effects 
influencing the mechanical response of composites 
under thermo-mechanical loads it is important to 
consider the named aspects in this temperature 
range. 
In this work the inelastic in-plane shear deformation 
of carbon fiber reinforced plastics is investigated 
during short-term creep-recovery tests under 
elevated temperatures and by means of microscopic 
crack and chemical analysis to account for the 
effects of damage and matrix decomposition on the 
time-dependent response of this material. 

 

 

 

 

2 Experiments 

2.1 Materials 

The two materials under investigation, HEXCEL 
M18-1/G947 and M18-1/G939, are carbon/ epoxy 
prepregs used in aerospace applications. Containing 
the same matrix they differ in their fiber 
reinforcement since one has a quasi-unidirectional 
reinforcement with 97 % of carbon fibers in warp 
and 3 % glass fibers in weft direction. The other one 
shows a 4H-satin weave with half of the carbon 
fibers in weft and the other in warp direction. This 
permits also the analysis of the influence of the fiber 
reinforcement on the time-dependent behavior 
regarding in-plane shear.  
The matrix is a combination of an epoxy and a high-
temperature thermoplastic material increasing Tg and 
thus leading to an improved hot-wet performance.  

2.2 Experimental and Analytical Devices 

For performing the creep-recovery tests a state-of-
the-art creep testing machine has been utilized. The 
special features of this device are: 

• five test stations each equipped with a 
electro-mechanical actuator with a 
maximum load of 20 kN in tension and 5 kN 
in compression,  

• a climate chamber with a possible 
temperature range of -50°C – 350°C and a 
maximum relative humidity of 95% at a 
maximum temperature of 90°C and  

• an optical strain measurement system 
enabling the detection of longitudinal as 
well as transversal deformations of 
rectangular flat specimen. 

Since it is also possible to perform regular quasi-
static tensile tests with strain rates of up to 
120 mm/min, so-called constant strain rate tests 
can also be performed.  
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INELASTIC IN-PLANE SHEAR DEFORMATION OF 

COMPOSITES AT ELEVATED TEMPERATURES 
 

A. Chripunow1*, G. Maier1, H. Körber2 
1 Wehrwissenschaftliches Institut für Werk- und Betriebsstoffe (WIWeB), Erding, Germany, 
 2 Lehrstuhl für Carbon Composites, Technische Universität München, München, Germany 

* Corresponding author (AndreChripunow@Bundeswehr.org) 
 

Keywords: CFRP, Viscoelasticity, Viscoplasticity, Creep, Elevated Temperatures 

ICCM19 2269

mailto:AndreChripunow@Bundeswehr.org


In order to analyze the effect of damage the 
evolution of micro cracks in the resin is investigated 
using optical microscopes as well as a micro focus 
computed tomography machine where a small 
tensile load can be applied to the specimen after 
creep testing in order to re-open already developed 
cracks for better visibility. 
The decomposition of the matrix with increasing test 
temperatures is studied by:  

• comparing the weight of the specimen 
before and after the tests and   

• comparing their infrared spectrum obtained  
with Fourier transform infrared 
spectroscopy showing the amount of 
decrease of the epoxy as well as of the 
thermoplastic portion. 

Furthermore the orientation change of the originally 
±45° oriented fibers is studied as well. 

2.3 Testing and modeling 

Short-term creep tests are performed with a duration 
of 2 hours and a recovery time of 8 hours at 
temperatures ranging from 100°C – 300°C. The 
applied tensile loads range from 10% to 50% of the 
ultimate quasi-static tensile strength. In order to 
account for the developing viscoplastic deformation 
cyclic loading tests with increasing load times and 
very long unloading intervals are done to study the 
enduring plastic deformation. Constant strain rate 
tests show at which tensile loads and strains 
respectively at a certain temperature viscoelastic 
effects occurred contributing to the inelastic 
mechanical response.  
The creep curves are fitted using the non-linear 
viscoelastic materials model first developed by Lou 
and Schapery [8]. To account for viscoplastic 
deformation the model of Zapas and Crissman [9] is 
utilized. All necessary parameters of these two 
models can be determined by the tests mentioned 
before. 
 

3 Results 

This work shows that the inelastic time-dependent 
in-plane shear deformation behavior in tension at 
elevated temperatures up to temperatures above the 
glass transition temperature is influenced by 
manifold effects, such as viscoelasticity, 
viscoplasticity, micro damage and matrix 
decomposition. Hence in order to understand the 
mechanical response of fiber reinforced plastics at 
elevated temperatures all those aspects need to be 
considered.  

Future research should therefore attempt to develop 
comprehensive test and modeling methods to 
minimize the effort in obtaining the necessary 
material data. 
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1. Introduction 

Advanced materials in the form of composites have 

become increasingly used in a wide range of 

applications from aerospace and automotive 

industries to transportation systems, civil 

engineering and wind energy technologies. The 

appeal of composite materials has stemmed mostly 

from their high strength, stiffness and low density, 

allowing them to provide substantial weight 

reduction when compared to monolithic materials. 

Moreover, composite materials offer additional 

appealing properties such as better corrosion 

resistance over traditional metallic materials [1]; 

efficient candidates for the development and repair 

of new and deteriorating structures; repairability, 

long-term cost effectiveness, formability into 

complex forms with limited need to machining; and 

customizability through varying composite 

materials’ constituents as well as their ratios, 

geometries, and arrangements. Customizability and 

tunability of composites have already been utilized 

to create composites with a wide range of controlled 

and designed properties such as ductility, fatigue 

resistance, controlled anisotropy, capacity to absorb 

impact energy and corrosion resistance. The 

aforementioned properties offered by composites 

motivated naval, infrastructure and structural 

applications that have traditionally relied on steel, 

aluminum and concrete to move toward using 

polymer based composites as primary or secondary 

load bearing components.  

 

Although, polymer based composites have shown 

great potential as candidates in naval, structural and 

infrastructural applications, there remain some 

important lingering questions regarding their long-

term mechanical properties, durability and structural 

integrity. Answering these questions is, not only, 

important for reaching a better understanding of 

these materials long-term mechanical properties, but 

also, is instrumental for their wide-spread 

implementation; particularly, in critical applications. 

The uncertainties associated with composites long-

term durability are linked to a multitude of 

conditions that composite materials can be exposed 

to and adversely affected by in real life applications 

[2]. For example, the effect of environmental 

exposure (humidity) was observed to cause 

detrimental effects on long-term residual mechanical 

properties of vinyl ester resin composites [3]. Often, 

fiber reinforced composites are exposed to 

aggressive environments, which include: ultraviolet 

radiation, humidity, salt water, mechanical stresses 

and temperature fluctuations. With time, such harsh 

environments can degrade the mechanical properties 

of fiber reinforced polymer based composites by 

changing the physical and/or chemical properties of 

matrix, fibers and matrix-fiber interface strength 

characteristics [4, 5] through various mechanisms. 

More importantly, the adverse effect of 

environmental elements was observed to be 

amplified when they act in a combined manner [6]. 

For example, humidity, temperature and moisture 

can cause degradation through plasticization, 

hydrolysis, fiber-matrix debonding and 

microcracking due to temperature ageing and water 

ingress [7]. Another environmental element that is 

abundantly available is UV radiation stemming from 

sun light. Exposure to UV radiation can lead to 

reduction in strength [6, 8, 9]; increased creep strain 
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[6, 9]; result in surface cracking that can lead to 

stress concentration and reduction in strength [10]. 

In addition, the deterioration due to UV light was 

observed to be increased when UV radiation was 

combined with moisture [6, 9]. 

 

Environmental degradation can detrimentally affect 

a wide range of mechanical properties such as long-

term stiffness, strength, fracture and failure behavior 

in both the quasi-static and dynamic regimes. The 

effect of long-term exposure to harsh environments 

on the dynamic properties is particularly relevant to 

infrastructure, aerospace and naval applications 

where composites might be subjected to slamming, 

impact and shock loading. The later pertains to 

applications with military functions or serving in 

conflict zones where composites might be exposed 

to projectiles and explosions.  

Significant efforts have been directed at quantifying 

the effect of harsh environments on the long-term 

mechanical properties and failure of fiber reinforced 

composites; however, this remains a research topic 

since the wide range of materials, environmental 

parameters and exposure periods involved create a 

very large parameter space that needs to be 

investigated. More importantly, experimental 

simulation of long term exposure to environmental 

elements can be very time consuming since 

specimens should be exposed to environmental 

elements in controlled environments for extended 

periods of time (probably months if not years).  

 

Most of the previous efforts to characterize the 

effect of environmental variables on the long term 

mechanical properties of composites were directed 

at the effect of harsh environments on the quasi-

static properties. On the other hand, environmental 

degradation effect on dynamic properties of polymer 

fiber reinforced composites is not well investigated 

or characterized. With composites being 

increasingly incorporated in aerospace and naval 

applications, the effect of environmental elements on 

the long term durability of composites under 

dynamic loading becomes important. Accordingly 

this work aims to quantify the effect of extended 

exposure to UV radiation and salt water on the high-

strain-rate properties and dynamic failure of carbon 

fiber-reinforced vinylester composites. This 

composite system is widely used in naval 

applications and, therefore, can be anticipated to be 

exposed to UV radiation, sea water, slamming loads 

and impact loadings. Extended exposure to these 

environmental parameters may cause failure to occur 

at loadings significantly lower than the observed 

ones during laboratory testing using pristine 

specimens. Failure includes fracture, break, 

excessive deformation and/or unstable deformation 

due to loss of stiffness, or simply loss of 

functionality. However, this work emphasizes on 

failure in terms of fracture or loss of load carrying 

capacity.  

2. Experimental 

2.1 Specimens 

Specimens were obtained from an external vendor 

(www.graphitestore.com) in the form of 

unidirectional carbon fiber laminates (24” wide and 

36” height). Laminates are made from 33 m.s.i. 

Carbon and Vinylester epoxy. Strength data 

provided by the vender shows that the laminates 

have a tensile strength of 2.69 GPa and bending 

strength of 1.875 GPa. Specimens were cut from the 

composite laminates using a shear press. Specimens 

have a nominal width of 13mm and length between 

(60 to 76mm). Specimens were prepared to 

investigate the effect of environment on the 

mechanical properties along the 0 direction (fiber 

direction); therefore, all specimens were cut such 

that the fibers were aligned with specimens’ length.  

2.2 Environmental exposure 

To simulate the effect of environment, specimens 

representing the composite are first aged in 

controlled environment using the environmental 

exposure chambers shown in Fig.1.  

The QUV/se accelerated weathering chamber is used 

to expose specimens to controlled levels of UV 

radiation, condensation/humidity, and combined 

levels of UV radiation/condensation. UV radiation 

simulates sunlight as the chamber utilizes 

fluorescent UV bulbs at a 340nm wavelength. 

During the aging process the UV intensity will be 

monitored by real-time UV irradiance sensors, while 

temperature can be controlled using a built-in 

blower. To simulate the effect of combined exposure 

to UV light and sea water, specimens were 

immersed in a tank of sea water and then the tank 

was placed in the UV weathering chamber. 

Combined exposure to UV light and sea water is 

most relevant to composites used in or near sea 

water (marine vessels, bridges, naval structures). 

Although the process of simulating exposure to 

environmental parameters is straightforward, the 

process is very time consuming as specimens have 

to be placed in the chamber for extended period of 

time (months and years). Therefore, this paper is 
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focused on the effect of three months of combined 

exposure to UV light-sea water.  

Testing of aged specimens will allow determining 

the effect of aging conditions on the failure 

properties of vinylester carbon fiber composites 

under dynamic loading.   

2.3 Dynamic tests 

Dynamic high-strain-rates tests are performed using 

a single bar customized Split Hopkinson Pressure 

Bar (SHPB) apparatus. This apparatus has a gas gun 

(capacity 300 psi) and 8’ long impact resistant 

polycarbonate bar with a diameter of 0.75”. The 

Polycarbonate bar was acquired from 

(www.mcmaster.com) and has an elastic modulus of 

2.5 GPa. Dynamic tests are performed using a 3-

poing bend arrangement. Schematics of the test are 

illustrated in Fig. 2. At the tip of the bar a steel 

cylinder of 1/8” diameter is placed to ensure that the 

loading is close to a point load and to protect the 

polycarbonate bar. In few early attempts, the end of 

the polycarbonate bar was machined into a tip of 

1/8” diameter; however, the tip was permanently 

deformed and chipped during tests. Accordingly, the 

steel tip was used. Multiple strikers were fabricated 

but the 6” striker was used in these tests as it 

generated a stress pulse long enough to break tested 

specimens. During tests the striker of pre-designed 

length is propelled by the gas gun. The striker hits 

the incident bar and generates a stress wave that 

travels across the bar and partially reflects off the 

end touching specimen. Both the incident and 

reflected stress signals are registered using a strain 

gage and recorded using an oscilloscope (Lecroy 

WaveAce 2004). Registered strain data are using to 

compute the force acting on the specimen during the 

test which will be referred to as incident force. A 

high speed camera (Photron SA 1.1) is used in 

conjunction with this test to monitor the deformation 

and capture images at a rate of 67000 frames per 

second, equivalent to frame every 15 micro second. 

The oscilloscope is used to trigger the camera once 

the incident strain signal arrives at the strain gage. 

High speed images are used to pinpoint the onset of 

failure, investigate the deformation mode, and 

deduce the curvature and deformation history of 

tested specimens. Pictures of the actual setup and 

three point bend support fixture are shown in Fig. 3 

and Fig. 4 

During experiments tested specimens are assumed in 

dynamic equilibrium, and thus, inertia forces are 

ignored, assuming they are negligibly small. To 

verify this assumption a finite element model that 

includes the striker, bar, specimen and support was 

created using ABAQUS. Dimensions of the parts in 

the model was identical the actual dimensions. 

Picture of the finite element model is shown in Fig. 

5. This model employed symmetry boundary 

conditions to reduce the problem size, therefore, 

only one quarter of the actual problem was modeled. 

Simulation showed that inertia force can be ignored 

and that the force acting on each support is equal to 

half of the force applied by the bar. Dynamic 

equilibrium was established easily mostly since the 

loading pulse has a very long rise time. Loading 

pulse is the strain pulse generated due to the impact 

of the sticker with the incident bar. An example of a 

loading pulse is illustrated in Fig. 6, which shows 

the pulse generated by impacting the incident bar 

with a striker flying at 18m/s. The pulse has a rise 

time of 200 micro seconds which is long enough for 

sound waves to reverberate in the specimen and 

achieve dynamic equilibrium. 

  

3. Results 

During tests the incident bar tip and the 

specimen/bar interface would move following a 

velocity profile similar to the one shown in Fig. 7. 

The velocity increases almost linearly until it 

plateaus and then decreases almost linearly. If the 

loaded structure or specimen in this case loses its 

load carrying capacity the velocity profile will show 

a kink followed by velocity increase. Velocity 

increases as specimen loses its capacity to resist the 

motion of the bar. This kink or the onset of failure is 

marked with a circle in Fig.7. Although, in this 

example pinpointing the kink is easy, there is always 

a need to confirm that this kink is caused by failure. 

This is achieved by the high speed camera. Images 

illustrating the deformation process are captured 

during our test every 15 micro seconds, therefore, 

the onset of failure can be pinpointed within 15 

micro seconds accuracy. Fig. 8 shows sequrence of 

images captured near the onset of failure for 

specimens impacted with a velocity of 18 m/s. The 

first image (top left corner) shows the specimen 

before loading, while the last three images are taken 

at 15 micro seconds intervals near the onset of 

failure. At this rate, the image resolution is 256 by 

256 pixels which is not enough to resolve the small 

details in the fracture zone; however, the images can 

be used to compute the curvature and deduce the 

failure mode and most importantly pinpoint the 

moment of failure.  

 

ICCM19 2273

http://www.mcmaster.com/


It should be noted that the specimen length to 

thickness ratio is 27 and therefore transverse shear 

stress effect on failure can be ignored. Moreover, 

failure was observed to occur, in all tests included in 

this paper, at the midpoint and failed specimens 

exhibited matching surfaced along the fractured 

surfaces. 

The force at the bar tip-specimen interface can be 

computed from the measured strain signals (incident 

and reflected). Since the incident pulse is 

compressive and the reflected is tensile, the incident 

force is the difference between them and it is always 

compressive. The incident force of the specimen 

shown in Fig. 8 is plotted in Fig. 9 against the 

displacement, which is intern computed by 

integrating the velocity profile shown in Fig. 7. This 

figure shows that the force required to break the 

specimen is around 600 N which is very small and 

this is why polycarbonate bars are used. Similar 

force acting on aluminum or other metal bars would 

generate very small strains that can be extremely 

difficult to register using strain gages. Polycarbonate 

has a modulus of 2.5 GPa which is about 30 times 

smaller than the modulus of aluminum and 

therefore, for the same force, polycarbonate would 

exhibit 30 times larger strains. The drawback of 

using polycarbonate is that it breaks or yields at 

stress around 60 MPa; therefore, to reach higher 

loading velocities, other bars should be used.  

One can introduce few simplifying assumptions at 

this point. First, the modulus of this composite is not 

very sensitive to the environmental elements: UV 

light and sea water. Second, the modulus is not 

sensitive to the loading rate achieved in this work. 

Third, simple linear beam theory can be applied. The 

first assumption was verified by the authors in a 

related work on the same composite but under quasi-

static loading. The second assumption can be 

considered valid since the strain rates achieved in 

this work do not exceed 110 s
-1

. The third 

assumption is also valid since the composite 

specimens failed in brittle manner without showing 

and significant plasticity. The invoked assumptions 

permit using simple beam theory to compute the 

strain and stress at the outmost surface of the 

specimen and opposite to the loading point (i.e. max 

tensile stress and strain). These quantities are needed 

to enable comparing results to known values in 

literature and among results from specimens with 

different dimensions. Thickness of our specimens 

varied between 1.35mm to 1.5 mm, and therefore, 

max stress values are need to construct comparisons 

and form conclusions. It should be noted that the 

carbon fiber laminate acquired and used to prepare 

the specimens had a varying thickness, which led to 

having specimens with different thicknesses. 

Using simple beam theory the maximum stress and 

strain were computed for the specimen shown in 

Fig.8. The maximum stress vs. displacement 

response is presented in Fig. 10, while the strain rate 

vs displacement is shown if Fig. 11. It should be 

noted that beyond the point of fracture the strain rate 

data and stress data are not valid. So beyond the 

3mm point the data should be discarded. From Fig. 

11 one can see that the maximum strain rate is about 

100 s
-1 

even though the test is employed 18 m/s 

impact velocity. To reach strain rates of more than 

1000 s
-1

 velocities of more than 180 m/s are needed 

and polycarbonate bars cannot deliver such 

velocities. Figs. 10 and 11 shows that the specimen 

shown in Fig. 8 has flexure strength of (~1.8 GPa) at 

100 s-1 strain rate. 

The aforementioned analysis has been repeated on 

all tested specimens and the flexure strength data 

was obtained for specimens exposed to UV light\sea 

water and for as received specimens. Results are 

presented in Fig.12.  

Fig. 12 shows slight strain rate sensitivity and a drop 

in strength values due to the combined exposure to 

UV light and sea water. The reduction in strength 

can be attributed to slight deterioration in matrix 

properties or matrix-fiber bonding strength due to 

exposure to sea water and UV light.  The measured 

drop resulted from three months long exposure to 

UV light and sea water. It is quite possible that the 

effect might increase if the exposure period is longer 

and therefore more tests will follow. Moreover, 

much larger number of specimens should be tested 

to minimize the effect of data scatter.  

4. Conclusions 

Three point bend dynamic tests were performed on 

unidirectional carbon fiber vinylester composite. 

Two sets of specimens were tested: one as receive, 

while the other was exposed to UV light and sea 

water for a period of three months. Results show 

some deterioration in the flexure strength due to the 

exposure to UV light and sea water. To place the 

results in the right perspective, more tests should be 

performed and specimens should be subjected to 

longer exposure periods. The new test will shed light 

on the susceptibility of these composites to exhibit 

further deterioration in the properties which if true 
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might threaten the long term durability of marine 

vehicles made of similar composites. 
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Fig. 1. Environmental exposure performed in 

the laboratory with accelerated aging 

chambers, showing the QUV/se ultraviolet 

radiation and condensation chamber. More 

details about the utilization of this tool can be 

found in [1] 

Fig. 2. Schematics of the dynamic testing 

configuration 
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Fig. 3. Left: Picture of the modified split 

Hokinson Pressure Bar (SHPB), showing the 

gas gun, bar arrangement and data acquisition 

system. Right: the fixture with adjustable 

supports which is used in the dynamic three 

point-bend experiments (modified SHPB). 

Specimen sits between the fixture and the 

incident bar.  

 

Fig. 4. Showing the loaded specimen, high 

speed camera and lighting system. 

 

Fig. 5. Finite element model of the experimental 

setup 

 

Bar 

Steel cylinder 

Specimen 

Support 

Fig. 6. Loading pulse generated after impacting 

a striker moving at around 18 m/s with the bar. 

The pulse was recorded after traversing 4’ span 

of the bar and exhibits a relatively long ramp 

(200 micro second rise time).  
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Fig. 7. Typical Loading velocity profile, 

showing the breaking point. 

 

Breaking point 

Fig.8. Sequence of images showing the onset 

of failure under bending loading. Impact 

velocity is 18m/s. The first image shows the 

undeformed specimen while the last three 

images are taken at 15 micro seconds 

intervals near the onset of failure 

 

Fig. 9. Typical force-displacement curve 

 

Fig. 10. Showing the maximum tensile stress vs. 

displacement for the specimen shown in Fig. 8. 

 

Fig. 11. Showing the maximum strain rate vs. 

displacement for the specimen shown in Fig. 

8. 
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Fig.12. Flexure strength vs strain rate data, 

showing the effect of environmental 

degradation due to combined exposure for a 

period of three months to UV light and salt 

water.   
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SiCf/SiC composites are being studied for years for 

nuclear applications such as structural components 

in fusion reactors [1-2], or cladding in some fission 

reactors of Generation IV such as HTR or GFR [3]. 

Recently, it has also been suggested for hexagonal 

wrapper in SFR [4] and pin fuel in water reactors 

[5]. The main advantages brought by the use of this 

material (low density, low activation, neutron 

transparency, chemical stability, low swelling) 

combined with crosscutting issues lead to significant 

advances both from the fundamental point of view 

and the technological aspect. In particular, behavior 

under irradiation of SiCf/SiC is investigated through 

many neutron irradiation experiments in reactors [6]. 

This allowed, for instance, to assess stability of 

SiCf/SiC manufactured with well crystallized and 

stoichiometric fibers of third generation (Tyranno 

SA3, Hi-Nicalon-S), to highlight dramatic drop in 

thermal conductivity, to address the importance of 

the interface material [7], etc. In parallel, stability 

under irradiation of bulk SiC is also widely 

investigated both by neutrons irradiation and ion 

implantation in fundamental understanding purposes 

[8]. Because of the heterogeneous structure of the 

SiCf/SiC, charged particles irradiations are barely 

used for basic researches [9]. However, it should be 

a useful tool to assess new materials, for instance 

with upgraded interfaces or innovative matrix, 

before launching dedicated neutron irradiation 

experiments. This sounds also consistent with the 

wide working conditions presently envisaged for 

SiCf/SiC materials (temperature, neutron energy, and 

environment). 

 

In this work, three SiCf/SiC grades involving the 

same Chemical Vapor Infiltrated (CVI) SiC matrix 

but various types of fibers were irradiated with 12 

MeV Au ions up to 0.05 and 1 dpa both at room 

temperature (RT) and 800°C. Microstructure 

examination and Raman spectroscopy are presented 

to highlight the behavior of Tyranno S (TS), 

Tyranno SA3 (TSA3) and Hi-Nicalon type S (HNS) 

fibers within the SiC matrix. 

 

After irradiation statistical analyses were performed 

in prior chosen bundles to evidence potential 

differences of behavior between fibers and matrix, e. 

g. in terms of swelling. No significant changes could 

be detected neither in diameter (average diameter 

9.9 µm) nor shape factor (average shape factor of 

0.91), as shown in Fig.1. 

 

Then, scanning electron microscope observations 

were conducted at the fiber scale. Step height 

differences among the SiC matrix, the PyC interface 

and the TS fibers were observed for the irradiated 

composites for 1 dpa dose at RT and 800 °C. This 

step height is quantitatively evaluated through AFM 

measurements. Fig. 2 shows 3D-AFM images of RT 

(1 dpa) irradiated TS SiCf/SiC composites in 

"contact mode". The profile analysis along a fiber 

(see Fig. 2c) shows that the height step is ~350 nm at 

RT. Damaged materials were investigated by 

transmission electron microscopy along the beam 

penetration. Damages are mainly located at 

amorphous zones in the matrix, as well as in the 

fiber themselves. TS fiber shrinkage together with 

slight expansion of the matrix was already observed 

for ion irradiation at room temperature, related to 

full amorphization at a dose of about 1 dpa. The 

formation of such amorphous layer is consistent with 

Raman microspectrometry results. However, this 

effect is enhanced by a decreased swelling of β-SiC 

matrix at higher irradiation temperature (800 °C) 
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suggesting irradiation defect annealing, which is 

consistent with Raman data that show a slightly 

disordered material with increasing temperature. In 

contrast, this type of morphology change is not 

observed for TSA3 and HNS composites irradiated 

under the same conditions.  
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Fig. 1. Distribution in diameter of the 1580 TS 

fibers: (a) before and (b) after irradiation at RT up to 

1dpa. Average diameter is ~9.9 µm in both cases.  

 

 

 

 

 

 

 

 

 

 

 

Fig. 2. 3D-AFM images of the TS composite 

samples irradiated at1 dpa fluence (a) at RT  and (b) 

at 800 °C. (c) and (d) Profile analysis along the line 

indicated respectively in (a) and (b) 
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1 Introduction 

The use of carbon fiber reinforced polymers (CFRP) 

in airframes increased drastically in the last few 

years. Accordingly, when promising new composite 

technologies appear, aircraft manufacturers try to 

follow up their development, aiming to improve the 

performance of the aircraft structures. One new 

technology of interest is the spread tow thin-ply 

technology, which is able to continuously and stably 

open fiber tows, and produce flat and straight plies 

with dry ply thicknesses as low as 0.02 mm. Widely 

opened tows can be cost-effectively obtained from 

thick tows, such as 12k filament tows or higher, 

without damaging the filament fibers [1]. Figure 1 

shows a schematic of the pneumatic process, where 

the main opening takes place. 

 

In addition to benefits regarding laminated 

composites design and manufacturing, such as easier 

homogenization, continuous lay-up, better fiber 

dispersion and uniformity of plies, and potential to 

use heavier tow yarns, thin-ply laminates also show 

tremendous advantages with respect to its 

mechanical response, namely the suppression of 

subcritical damage such as microcracking and 

delamination, extraordinary improvement of fatigue 

life, and increased damage tolerance. Therefore, it is 

not surprising to see that the interest of the scientific 

and industrial communities in this new technology 

has increased substantially in the last few years 

[1-16]. 

 

 
Fig.1. Schematic front view of the tow-spreading process 

with a pneumatic method (after [1]). 

 

On the other hand, non-crimp fabrics (NCF) have 

been developed and proposed as reliable substitutes 

of both traditional unidirectional (UD) prepreg tapes 

and crimp textile configurations. Although slightly 

thicker than UD tapes, NCF are more flexible, which 

enables their use in liquid moulding techniques. 

Unlike UD tapes, the fine stitching provides the 

necessary rigidity to the fiber bundles, avoiding their 

displacement during handling of the dry 

reinforcement and during resin injection. In addition, 

this fine stitching can significantly enhance damage 

resistance and tolerance, as well as the through-the-

thickness strength, without generating dangerous 

failure modes in the same extent as crimp textile 

reinforcements. When compared with UD prepreg 

laminates, only a slight reduction of the in-plane 

elastic and strength properties caused by the yarns is 

observed [17, 18]. 

 

The potential advantages of combining these two 

technologies – giving rise to the so-called NCF thin-

ply laminates – are not limited to the design and 

manufacturing of laminated composites, but can also 

result in tremendous improvements of the structural 

integrity of composite structures such as those used 

in airframe construction. Therefore, the objective of 

this work was to study the mechanical response of 

this new generation of advanced composites. 

 

2 Notched strength and size effects on NCF 

thin-ply laminates 

An extensive experimental test program was 

conducted [10], including investigations on the 

notched strength, size effects and brittleness of NCF 

carbon/epoxy C-Ply™ T700/AR-2527 thin-ply 

laminates. 
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Both tensile and compressive tests were performed 

using two different lay-ups: a [(0/-45)/(90/45)]6T 

24-ply thick, asymmetric lay-up, and a 

[(0/-45)/(45/0)/(90/45)/(-45/90)]S 16-ply thick, 

symmetric (by NCF bi-layer) lay-up (hereafter 

referred to as lay-up 1 and lay-up 2, respectively). 

These laminates, both manufactured at VX 

Aerospace using vacuum bagging, included 

Chomarat’s tow-spread C-Ply™ carbon NCF layers, 

with an areal weight of 150 g/m2 per bi-angle layer 

(or 75 g/m2 per ply), and Aldila’s AR-2527 epoxy 

matrix. They both had a fiber volume fraction 

around 50% and a nominal ply thickness of 0.08 mm. 

The 0º fiber orientation is coincident with the 

loading direction and the ply properties were 

reported in [10]. 

 

The notched tests were based on specimens with 

central cracks and with circular holes. Particular 

emphasis was given to the damage mechanisms and 

failure modes of these materials, assessed by means 

of digital image correlation (DIC), which was used 

to monitor the onset and propagation of damage on 

the surface plies. 

 

The results showed that the lay-up with blocked 

plies and with higher relative orientations between 

adjacent plies (lay-up 2) had lower unnotched 

strength. However, due to the larger fracture process 

zone observed in the notched tests (see figure 2), 

such lay-up had marginally higher notched strengths. 

 

 
Fig.2. Surface longitudinal strain fields obtained with DIC 

for specimens with a 3 mm diameter hole loaded in 

tension (after [10]). 

 

A size effect on the strength was observed for both 

the open-hole tension and compression tests. 

According to this experimental test program [10], 

the size effect and the associated notch sensitivity of 

ultra-thin non-crimp CFRP fabrics were similar to 

those observed in typical aerospace grade UD 

prepreg composite materials (see figure 3). 

 

3 Bearing strength of NCF thin-ply laminates 

Bolt-bearing tests were performed in [10], following 

the ASTM D 5961 test standard [19]. Their purpose 

was to evaluate the mechanical response of thin-ply 

laminates when subjected to local compressive 

efforts, typical of mechanically fastened joints. 

 

These tests were performed in specimens with a 

nominal hole diameter d = 6 mm, end distance to 

hole diameter ratio e/d = 6, width to hole diameter 

ratio W/d = 6, and nominal length L = 215 mm. A 

bolt M6 was used with washers subjected to a torque 

T = 2.2 N m. One specimen per laminate was 

instrumented with one strain gage placed in the 

longitudinal direction away from the bearing region. 

 

The laminate bearing stress, b, is defined as [19]: 

 

b = P/(d t) (1) 

 

where P is the load, d is the hole diameter, and t is 

the nominal thickness of the specimen. The bearing 

strength, b
u, is defined as the bearing stress at first 

load drop (b
u = b|1st load drop). 

 

 
Fig.3. Identification of hole size effects in NCF thin-ply 

laminates loaded in tension, and comparison with two 

equivalent T800/M21 laminates (after [10]). 
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It was observed that the ultra-thin non-crimp CFRP 

fabrics exhibit an improved response to bolt- bearing 

loads over traditional composite materials (see 

figure 4). This improved response results from the 

ability of the NCF thin-ply laminates to block onset 

and propagation of damage mechanisms such as 

delamination, fiber kinking, matrix cracking, and 

through-the-thickness matrix cracking. 

 

4 Large damage capability of NCF thin-ply 

laminates 

As it is well known, the tensile residual strength of 

composite laminates in the presence of through-the-

thickness notches is significantly affected by size 

[20]. In general, it is possible to distinguish between 

small-notch (i.e., “strength-dominated”) and large-

notch (i.e., “toughness-dominated”) strengths. 

 

In order to study the behavior of NCF thin-ply 

laminates in the presence of large though-the-

thickness notches, the thin-ply NCF lay-up 2 was 

tested in a large damage capability (LDC) 

experimental study [16]. A center-notched plate, 270 

mm wide (W) and 400 mm long (L), was tested in 

tension. The nominal length of the notch (2a) was 36 

mm. The central notch was obtained using a milling 

machine, ensuring a distance of 1 mm between the 

notch faces. The notch tip was not sharpened, since, 

based on the previous work of Camanho and 

Catalanotti [21], no relevant difference between the 

fracture toughness of specimens with and without 

sharpened notch tips is expected. 

 

The plate was instrumented with seven strain gages, 

placed in the -45º surface-ply along the longitudinal 

direction, as shown in figure 5. In addition, the 

 

 
Fig.4. Bolt-bearing test results (after [10]). 

 
Fig.5. Center-notched plate. Position of the strain gages 

(d1 = 11.5 mm, d2 = 21.5 mm, and d3 = 63.5 mm) and DIC 

observation area (after [16]). 

 

digital image correlation (DIC) technique was used 

to evaluate the displacement and strain fields of the 

0º surface-ply, and assess damage formation and 

development near the notch tips. The ARAMIS 

DIC-2D v6.0.2 developed by GOM [22] was used. A 

configuration that leads to a displacement resolution 

in the order of 10-2 and a strain resolution of about 

0.01-0.05% [23] was used. 

 

Figures 6 and 7 show the results of the LDC 

experiments. In particular, these figures show, 

respectively, the surface longitudinal strain fields 

measured using the DIC technique for the stages 

corresponding to onset of crack propagation and 

final fracture. It can be seen that the time 

(proportional to the displacement)-stress relation is 

linear up to approximately 75% of the maximum 

load. The nonlinearities after 75% of the maximum 
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load are related with the onset of crack propagation 

in the notched region, as shown in figure 6. This 

onset of crack propagation can be identified 

observing the bottom right image of figure 6, where 

the longitudinal strain along two lines tangent to the 

notch tips (represented in the bottom left image) are 

shown. In addition to high strain concentrations at 

both notch tips, which can also be identified in the 

bottom left image, a strain discontinuity can be 

observed for the left notch tip, meaning that a crack 

extended beyond this line. 

 

Before final fracture, and contrary to what was 

observed for the small notch specimens [10], the 

crack that propagates from the notch tips extends 

significantly along the notch plane, though not very 

regularly, as shown in figures 7 and 8. From a 

 

 
Fig.6. Surface longitudinal strain field, measured using 

the DIC technique, for the stage corresponding to onset of 

crack propagation in the notched region (after [16]). 

 

 
Fig.7. Surface longitudinal strain field, measured using 

the DIC technique, showing the path of the propagating 

crack in the center-notched plate (after [16]). 

 

macromechanical point of view, this extension 

occurs in discrete, finite steps, which result from a 

bridging process at the crack tip. This bridging 

process prevents crack propagation along the entire 

width, increasing the fracture toughness as the crack 

length increases, until a maximum is reached, after 

which final fracture occurs. Therefore, the material 

tested shows a crack resistance-curve (R-curve). 

Accordingly, some small load drops can be observed 

after the first nonlinearity (see figures 6 and 7), 

corresponding to the finite crack extensions, which 

have some effect on the stiffness of the center-

notched plate, causing the nonlinear behavior 

mentioned above. As it will be observed in the next 

sections, this bridging process and the R-curve 

effect are fundamental in the analysis of LDC. 

 

 
 

 
Fig.8. Central notch region of the tested center-notched 

plate (after [16]). 
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5 Analysis methods 

The presence of a hole or any other discontinuity in 

a composite structure introduces high local stresses 

that can result in subcritical damage. The analysis of 

failure due to cracking in composite materials 

resulting from stress concentrations is difficult due 

to material heterogeneity at the microscale 

(constituent scale) and at the ply scale [20]. 

 

The development of accurate, physically-based and 

fast strength prediction methods for composite 

laminates with stress concentrations is extremely 

important for the design of composite structures [24]. 

Strength prediction methods uniquely based on 

stress- or strain-based failure criteria are unable to 

predict the size effects observed in notched 

specimens, resulting in the same strength prediction 

for different hole diameters when the width to hole 

diameter ratio is held constant, contradicting the 

experimental observations [25]. Alternative methods 

such as the advanced numerical models available for 

the strength prediction of composite laminates 

require non-linear solvers, resulting in long 

computing times that are unacceptable for 

preliminary sizing and for optimization of composite 

structures [24]. To satisfactorily combine accuracy 

and speed, design tools based on closed-form 

solutions have been developed. Such tools are based 

on models such as the inherent flaw model (IFM) 

[26], the point-stress (PS) and average-stress (AS) 

models [27], or the recently proposed Finite Fracture 

Mechanics (FFMs) model [24]. 

 

The analysis methods should also be able to capture 

and predict the distinct “strength-dominated” and 

“toughness-dominated” material behaviors. In 

addition, they should be able to provide failure 

predictions beyond the notch sizes and structural 

geometries tested during material characterization, 

and the number of material properties required for 

the analysis models should be minimized to reduce 

the material testing requirements [20]. To ensure this 

extrapolation capability, suitable models must be 

based on the actual physics of the problem. 

 

The existing analytical models, such as the IFM [26], 

and PS and AS models [27], use empirical 

characteristic distances that, in practice, are 

determined from notched strength data. They are 

often thought as correction factors that account for 

apparent changes in the stress intensity with 

increasing crack size, with limited physical meaning. 

Although analysis models that include characteristic 

distances are better at predicting small crack 

experimental trends than, for example, LEFM 

models, both fail to predict LDC, typically yielding 

conservative estimates [20]. 

 

An alternative approach is the Mar-Lin model [28]. 

This model captures the reduced sensitivity of 

composite materials to large changes in notch size 

by allowing the singularity, n, to be other than the 

square-root (as in LEFM). This model was 

successfully used to predict LDC from smaller notch 

data, avoiding excessive conservatism. However, the 

exponent n is an additional empirical parameter that 

also needs to be experimentally determined 

(typically by curve-fitting). In addition, a precise, 

verified method for determining the appropriate 

singularity value in the absence of large notch data 

has not been developed. In fact, caution should be 

exercised in selecting exponents for extrapolation, 

since it is possible to select values that over-predict 

LDC (unconservative results). Because, in general, 

verification tests or LDC test data are required [20], 

the Mar-Lin model [28] is not addressed in this work. 

 

The FFMs model, recently proposed by Camanho et 

al. [24], results in improvements over the traditional 

strength prediction methods [24, 29]. This model 

assumes that crack propagation occurs when a 

stress-based criterion, similar to Whitney and 

Nuismer's AS model [27], and an energy-based 

criterion are simultaneously satisfied, and considers 

that failure occurs by the propagation of 

kinematically admissible cracks with finite sizes. 

Assuming that the propagation of the macrocrack 

that leads to final failure occurs along the x-direction, 

and for the particular case of a specimen with an 

uncracked central circular hole of radius R, fracture 

occurs when the following system of equations is 

satisfied [24]: 

 

 

(2) 
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where yy(x,0) is the stress distribution along the 

x-axis, XL is the laminate unnotched strength, KI(a) 

is the stress intensity factor (SIF) for a plate with 

two symmetric cracks emanating from a central 

circular hole, KIc is the mode I laminate fracture 

toughness, and l is the crack extension at failure. 

 

A comparison between the predictions of the PS, AS 

and FFMs models and the open-hole tests results 

obtained using the NCF thin-ply laminates are 

shown in figures 9 and 10 for tension and 

compression, respectively. The test results obtained 

in the experimental program [10] for the open-hole 

tension specimens with a 6 mm diameter hole and 

for the open-hole compression specimens with a 5 

mm diameter hole were used to calibrate the PS and 

AS models and calculate the corresponding 

 

 

 
Fig.9. Predictions and experimental results for the 

open-hole NCF thin-ply laminates loaded in tension (after 

[15]). The relative errors of the FFMs predictions are also 

shown. 

 

 

 
Fig.10. Predictions and experimental results for the 

open-hole NCF thin-ply laminates loaded in compression 

(after [15]). The relative errors of the FFMs predictions 

are also shown. 

 
characteristic distances (rot). The tensile and 

compressive fracture toughness required in the 

FFMs model were reported in [10]. 

 

Comparing the predictions of the notched response 

in tension with the experimental results, errors 

below 14% were found for the different methods 

[15]. As it would be expected, the predictions 

obtained using the AS model are more accurate than 

those obtained with the PS model; however, the 

FFMs model provides the most accurate predictions. 

 

For the notched response in compression, figure 10, 

and comparing the predictions with the experimental 

results, errors below 10% were found for the 

different models [15]. In this case, the predictions of 

the FFMs model were not as accurate as the 

predictions of the alternative models. However, it 
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should be noted that, unlike the alternative models, 

which use an inverse calibration from one of the 

open-hole compression tests, resulting in good 

predictions for hole diameters around that used for 

calibration (d = 5 mm), the FFMs model, besides the 

laminate compressive unnotched strength, simply 

requires the laminate compressive fracture toughness, 

which is an independently measured material 

property. Yet the errors are still very reasonable, in 

the same range of those obtained for the tensile 

notched strength (compare figures 9 and 10). 

 

In order to more accurately predict LDC from small 

notch data, the effect of the R-curve has to be taken 

into account in the analysis models, otherwise 

conservative predictions are systematically obtained 

– see figure 11 (though very good predictions are 

found for the stress at first crack propagation). 

 

The effect of the R-curve in determining the crack 

length corresponding to unstable crack propagation 

of a center-notched laminate can be taken into 

account using the FFMs model by rewriting the 

system of equations (2) as: 

 

 

(3) 

 

 
Fig.11. Predictions and experimental results for the tensile 

residual strength of the NCF thin-ply lay-up 2 (after [16]). 

The relative errors of the FFMs predictions with respect 

to the experimentally obtained ultimate strength 

(r = -21.8%) and stress at first propagation (r = 0.7%) 

are also shown. Note that the small notch experimental 

data was used to calibrate the analysis models (yielding 

no errors for such geometry). 

where GI(a) is the energy release rate (ERR) and 

R(a) is the R-curve, expressed in terms of a 

critical ERR, of the laminate. Catalanotti et al. [30] 

measured the R-curve of the NCF thin-ply lay-up 2 

using a methodology based on Bažant's size effect 

law [31]. A length of the fracture process zone 

lfpz = 1.92 mm and a fracture toughness at 

propagation RSS = 101.5 kJ/m2 were reported. 

 

Figure 12 shows the predictions of the tensile 

residual strength of a center-notched thin-ply NCF 

plate for a wide range of crack lengths (2a), obtained 

using the FFMs models without and taking into 

account the R-curve of the laminate. Figure 12 also 

shows the experimental results for the center-

notched specimen (2a = 4 mm) [10] and for the 

center-notched plate (2a = 36 mm) [16], and the 

corresponding relative errors. 

 

Observing the results shown in figure 12, it is clear 

that the introduction of the R-curve in the FFMs 

formulation results in a significant improvement of 

the predictions of LDC. Using the traditional 

analysis methods, the relative errors of the 

predictions range from -41.2% to -21.6% for a 

center-notched plate with a crack length 2a = 36 mm 

[16], whereas the FFMs prediction that takes into 

 

 
Fig.12. Predictions and experimental results for the tensile 

residual strength of the NCF thin-ply lay-up 2 (after [16]). 

The relative errors of the predictions of the FFMs model 

that take into account the R-curve of the laminate, with 

respect to the experimentally obtained ultimate strengths 

(for both small and large notches), are also shown. Note 

that the small notch experimental data was used to 

calculate the fracture toughness used in the FFMs model 

that does not take into account the R-curve of the 

laminate (yielding no errors for this geometry). 

 

ICCM19 2287



8 

account the R-curve of the laminate has a relative 

error of -9.7%, which is within the range typically 

obtained by the traditional analysis methods for 

small damage coupons [15, 24, 29]. 

 

6 Conclusions 

The results presented in this work show that the 

thin-ply laminates have great potential, discarding 

any evidence of inherent brittleness in both tension 

and compression. It also showed that changing the 

stacking sequence, i.e. maximizing the relative ply 

orientations between adjacent plies and ``blocking'' 

plies with the same fiber orientation, the notch 

sensitivity of the thin-ply and standard laminates 

decreases in both tension and compression. However, 

with thin-ply laminates, this is achieved reducing to 

a minimum the development of subcritical damage 

such as delamination and transverse cracking, in 

tension, and fiber kinking, in compression. 

 

This work demonstrates that application of NCF 

thin-ply laminates in primary structures can clearly 

result in structural integrity improvements, without 

degrading the notched response of the composite 

structures. Such improvements include (i) 

suppression of subcritical damage such as 

delamination and transverse cracking, particularly 

important in applications subjected to mechanical 

fatigue and load reversals, and (ii) optimized 

behavior in mechanically fastened joints, due to the 

superior performance of these laminates when 

subjected to bearing loads. 

 

Regarding the LDC of the NCF thin-ply laminates, a 

linear displacement-stress relation was observed up 

to approximately 75% of the maximum load. Small 

load drops were observed, corresponding to finite 

crack extensions, which had some effect on the 

stiffness of the center-notched plate, causing the 

nonlinear behavior observed above 75% of the 

maximum load. Extensive crack propagation 

occurred before final fracture. From a 

macromechanical point of view, this extension took 

place in discrete, finite steps, which resulted from a 

bridging process at the crack tip. This bridging 

process blocked crack propagation along the entire 

width, increasing fracture toughness as the crack 

length increased, until a maximum was reached, 

after which final fracture occurred – R-curve effect. 

Near the notch tips, some fiber splitting was 

observed in both 0º and -45º surface-plies, as well as 

some separated plies due to delamination, which 

occurred after unstable crack propagation. Still, the 

extent of such damage mechanisms was reduced. 

 

Based on a new test methodology [30], which is able 

to characterize the R-curve of (thin) laminated 

composites that show improved resistance to crack 

propagation, such as the NCF thin-ply laminates 

studied in the present work, an analytical formula for 

the R-curve can be obtained. This formula was used 

in the FFMs model to take into account the R-curve 

of the material. It was observed that the introduction 

of the R-curve in the FFMs formulation clearly has 

a significant positive effect in the predictions of 

LDC. More reliable analyses of large through-

penetration damage of composites can be obtained 

without fitting parameters or complex finite element 

analyses. The analytical FFMs model can be used in 

preliminary design and implemented in optimization 

codes, without requiring verification tests or fine 

tuning parameters that account for scale 

modifications. Furthermore, because it is physically-

based, only independently measured material 

properties are necessary (the laminate strength and 

the R-curve), which can be easily included in the 

experimental characterization programs that are 

often carried out in the composites industry. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Intense studies on damage problem of composite 

laminates revealed dependence of interlaminar 

fracture resistance on mixed-mode ratio and crack 

propagation direction with respect to fibers at the 

interface[1-3]. Andersons et al. summarized a lot of 

independent experimental studies on interlaminar 

fracture resistance under single mode I, II and III 

condition and concluded that the fracture resistance 

is highly dependent on angle between crack 

propagation direction and fiber orientation at the 

interface[1]. Volotin proposed to represent the 

dependence of  fracture resistance using a second 

rank tensor, which can be easily transformed with 

orientation of the crack front[2]. Kondo et al. 

reported that fracture resistance depend upon crack 

growth direction due to formation of complex 

damage combining delamination with intra-laminar 

shear cracks under mixed mode II and III 

condition[3]. 

Many researchers are actively studying on 

numerical simulations of such a complex behavior of 

the material during the delamination growth. 

Cohesive element have been successfully used to 

simulate damage growth in those study[4-7]. 

Camanho et al. analyzed the problem of mixed-

mode delamination growth under condition that the 

direction of crack propagation does not change[5]. 

Jiang et al. proposed concise constitutive law or 

interface element, which is based on an assumption 

that mode II and mode III components of fracture 

resistance are the same[6]. Kondo et al. 

demonstrated that the difference of 3 components of 

fracture resistance can be effectively dealt with a 

cohesive element in which a local coordinate system 

aligned to crack growth direction[7]. However, all of 

these methods do not consider out of plane rotation 

of the axis for mode decomposition, which may 

cause significant error in a case where out-of-plane 

deformation is large. One of important application 

cases with large out-of-plane deformation is 

delamination propagation in a buckled panel, for 

instance, a test specimen for CAI test.  

In this paper, a formulation of cohesive element 

referring a local coordinate system whose axis are 

aligned to normal to the crack front and the interface 

after deformation. Then, some numerical examples 

are shown to demonstrate the feasibility of the 

formulation. 

2 Formlulation of Cohesive Element 

2.1 Constitutive equation 

The global and local coordinate systems are 

shown in Fig. 1. xi and x'i (i=1, 2) are global and 

local inplane coordinates re spectively and x3 is the 

coordinate normal to the interface. The unit base 

vectors are described as ei and e'i (i=1, 2, 3), 

respectively. The absolute relative displacement w is 

derived from components of the relative 

displacement w as  

w
2
 = w1

2 
+ w2

2 
+ w3

2 
(1) 

1e

2e 3e

Process zoneDelaminated area Intact area

IIIe

Ie

IIe

w

 

Fig. 1 Global and local coordinate systems and 

process zone. 

FINITE ELEMENT ANALYSIS OF DELAMINATION GROWTH WITH FRACTURE 

RESISTANCE DEPENDENT ON MIXED-MODE RATIO AND FIBER ORIENTATION 

 

A. Kondo
1,2

*, Y.  Mikami
2,  

H. Suemasu
3
, N. Watanabe

2
 

1
 e-Xstream Engineering, MSC Software Company, Tokyo, Japan 

2
 Department of Aerospace Engineering, Tokyo Metropolitan University, Tokyo, Japan 
3
 Department of Engineering and Applied Sciences, Sophia University, Tokyo, Japan 

* Corresponding author (atsushi.kondo@sd.tmu.ac.jp) 

 

Keywords: mixed-mode, delamination, finite element analysis 

 

ICCM19 2291

mailto:atsushi.kondo@sd.tmu.ac.jp


Since the crack shape after the propagation is not 

known before the analysis, the interlaminar fracture 

toughness must be determined according to the crack 

propagation direction and the current fiber direction. 

As the crack opening usually increases according to 

the distance from the crack front in the process zone 

as shown in Fig. 1, the crack front is thought to be 

normal to the direction of the maximum gradient of 

the relative displacement. Since the maximum 

gradient direction of w is same as that of w
2
, w

2
 is 

adopted instead of w for analytical convenience. The 

unit vector of the direction of maximum gradient is  

2wq .  (2) 

Inclination of normal to the crack surface cannot 

be neglected when out of plane deformation is large 

as shown in Fig. 2. To derive base vector e'3, 2 

perpendicular vectors tangent to the crack surface si 

(i=1,2) are introduced as follows. 

3

3

2

2

1

1
eees

iii

i

xxx

 












  (3) 

where ix (i=1, 2, 3) are coordinates at the midplane 

of top and bottom crack surface after deformation 

and i (i=1,2) are natural coordinates in the cohesive 

element. Vector n normal to the surface is normal to 

both s1 and s2 as  

21 ssn   (4) 

The base vector e'i (i=1,2,3) are therefore determined 

as 

q

q
e 1    (5) 

n

n
e 3  (6) 

312 eee   (7) 

The relation between the local and global coordinate 

is,  

x' = Qx (8) 

j

i
i

T
jij

x

x
Q




 ee

 (9) 

where x = [x1, x2, x3]
T
 and x' = [x'1, x'2, x'3]

T
.  

Delaminated area Process zone Intact area

e'1

e'2

e'3

 
Fig. 2 Global and local coordinate systems and 

process zone. 

The condition of interfacial failure and the criterion 

for the crack growth are given by the following 

power forms with respect to the traction and energy 

release rate. 
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where 'ic is the strength for the single load in x'i 

direction and GIc, GIIc, and GIIIc are critical energy 

release rates in each mode. A unit step function 

U(w'3) is used to realize the condition that 

compressive normal stress does not influence the 

interfacial failure.  

   As shown in Fig. 3, the fracture resistance being 

influenced by the fiber orientation according to the 

crack growth may be given as a function of angle  

between crack growth direction and the material 

principal axis and angle  between the reinforce-

ment directions of the plies forming this interface. 

   IIIIIIiGG icic and,,    (12) 

Crack front

during stable growth

GII

GIII

θ

φ

 
Fig.3 Fracture resistance dependent on angle  and . 
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To consider the difference of the behavior of the 

interface in tension and compression, a modified 

absolute relative displacement and traction are 

introduced as 

v
2 
= w'1

2
+ w'2

2 
+ w'3

2 
U(w'3)  (13) 

2 
= '1

2
+ '2

2 
+ '3

2
U(w'3)  (14) 

   The relationships between the cohesive traction 

components τ'i (i=1, 2, 3) and the relative 

displacement components w'i (i=1, 2, 3) in the local 

coordinate are given by a bilinear function in the 

cohesive element during loading as shown in Fig.3. 

When the stiffness K is same in all direction before 

the softening starts, the modified absolute relative 

displacement v is also proportional to the absolute 

traction . When the ratio of each component w'i to 

the modified absolute relative displacement v is mi, 

the critical absolute relative displacement w0 at 

which the softening starts is given by the following 

equation.  

 

21
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Providing that the terminating displacement of 

softening path is simultaneously satisfied in all three 

direction, the terminating absolute relative 

displacement vf is given as 
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The relationships between the cohesive traction 

components τ'i (i=1, 2, 3) and the relative displace-

ment components w'i (i=1, 2, 3) in the local 

coordinate are given by a bilinear function. As the 

initiation and the termination points of softening 

path are given and the ratio of each relative 

displacement component to the absolute relative 

displacement is maintained during this failure 

process of the cohesive element, we have the 

following constitutive relation. 

 
 
 























f

f

f

f

vv

vvv
vv

vv

vvKv

0

0

0

0

0



 (17) 

where 0
 and f

 are relative displacements at the 

initiation and end of the failure, respectively. 

    When the ratio of each component w'i to the 

modified absolute relative displacement v is mi, the 

traction components are given as 

'i = m i  ( i=1,2 ),
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 (18) 

The following linear relationship between traction-

relative displacement is given for the unloading and 

reloading. 

    

 
gv

v
d

unloadin

0
1 

 (v  vunloading
 
)  (19) 

where the damage parameter d is an non-decreasing 

value, 
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vv
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Softening path
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v

d=0
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Fig. 4 Traction-separation relation. 

2.2 Finite element formulation 

An eight-noded linear cohesive element was 

implemented as shown in Fig. 5. Components of 

displacement and nodal equivalent force at the nodes 

of the element are expressed as  

 Tuuuuuuuuu 8

3

8

2

8

1

2

3

2

2

2

1

1

3

1

2

1

1
ˆ u (21) (18) 
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ˆ F  

(22)   

vunloading 
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Fig. 5 Element configuration 

Upper and bottom indices of the variables denotes a 

node number and a reference coordinate system, 

respectively. Separation field in an element is 

defined as  

uBw ˆ    (23) 

kij

k

ijB   (24) 

where δij is cronecker’s delta. Lagrange polynomial 

function in terms of coordinate components 1, 2 

and 3 in element natural coordinate system are used 

as interpolation functions i .  

Jacobian matrix from the global coordinates to the 

natural coordinates of the element is defined as 

k

j

j

k

ij

j

i
ij u

Bx
J

 







   (25) 

  Components of the maximum gradient of the 

relative displacement q in eq. 2 can be calculated 

with nodal displacements as 

 2

3

2

2

2

1 www
x

q
j

i 



  (26) 

i

j

j
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 2  (27) 

n
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 2  (28) 

  uBuB ˆˆ2 ,i

T
  (29) 

where B,i is partial derivative of the components of 

the B matrix with respect to ith component of x.  All 

components of this matrix have similar form like 

j

k

k

i

j

i

xx 










 




 (30) 

where k/xj can be obtained from inverse of the 

jacobian matrix J. 

 Now transformation matrix Q can always be 

updated according to increment of the nodal 

displacements. 

Following virtual work equations are derived 

from aforementioned relationship. 


eA

e

TT dAδδ τwFu 
̂

ˆ   (31) 


eA

e

TT dAδ τBu ˆ   (32) 

where ûδ  is virtual nodal displacement, and δw 

denotes virtual relative displacement. Dot notation 

above F̂  and τ means differentiation in terms of 

time t. Accordingly, equilibrium equations are 

derived as follows. 

l

m
A

el

m

ki

kj

i

j
udA

u

τ
BF

e




 


ˆ

  (33) 

l

m

il

jkuK   (34) 

where
il

jkK  is components of element tangent 

stiffness matrix. The stiffness matrix can be further 

developed as 

  21
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 dJdτQ

u
BK nnml
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 dJdτ
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QB nl
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j

n
nm

k
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 (36) 

where J is Jacobian and  

21
 dd

J
xx 




  . (37) 

Denoting the element tangent stiffness matrix as 

K , equilibrium equation can be expressed as 

uKF 
ˆˆ     (38) 
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21
KKK    (39) 

where 

21
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1

1
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 dJdTT
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1
2

 dJdT

  

 RBK    (41) 

D and R indicate relation between traction and 

separation and effects of rotation of the local 

coordinate system on the tangent stiffness 

respectively. The components are 

j

i
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w

τ
D




    (42) 

lk

j

lik

ij
τ

u

Q
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   (43)  

 (29 

3  Numerical analysis of delamination growth 

3.1 Preliminary example 

    To confirm validity of the formulation of present 

element, especially regarding consideration of out-of 

plane deformation,  a simple model with large 

rotation  shown in Fig. 6 was analyzed. The model 

contains 2 solid elements and a cohesive element 

between the solid elements. The rigid body move-

ment of angle of 90 degree with respect to the axis 

of rotation combined with axial tension is applied by 

enforced displacement condition. Critical energy 

release rate for opening and shear modes are 

differently defined. 

Cohesive
element

Axis of rotation

Solid elements

Original configuration

Deformed configuration  

Fig. 6 A simple model with enforced rotation. 

Fig. 7 shows relationship between magnitudes of 

load and separation of the cohesive element. The 

curve for the model with transformation became bi-

linear curve as expected, but the model without 

transformation shows nonlinearity during the 

damage growth. Since normal to the crack surface 

rotates 90 degree, direction for mode decomposition 

is incorrectly recognized in the element without the 

transformation. 
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Fig. 7 Load-displacement relation. 

Although transformation  matrix Q can re-

calculated in every iteration of Newton-Raphson 

scheme as described in the formulation in section 2.2, 

difficulty in converging the solution may arises with 

excessively frequent update of  tangent matrix 

because it make the tangent too sensitive to 

displacement correction. In this example, the 

transformation matrix Q was kept constant during 

each increment and K2 was omitted. In this way, the 

convergence was greatly improved with no 

difference in the result. 

3.2 DCB test with consideration of dependence of 

fracture resistance on crack growth direction 

A numerical example considering the change of 

crack front shape during crack propagation is shown. 

DCB test with fracture resistance dependent on 

crack growth direction was analyzed. Fig. 8 shows 

geometry and boundary conditions for the finite 

element model. Pre-crack is modeled with 

duplicated nodes at the interface and the cohesive 

elements are inserted into middle plane of the 

specimen. Material properties used in the model is 

shown in Table 2. GIc is represented as a function of 

angle between crack front and fibers at the interface 

as shown in Fig.9 [3].  This function means that the 

ICCM19 2295



more the crack growth direction is inclined to fibers, 

the more the fracture resistance increases. 

3

0.5mm element length

in y direction

-9mm displacement

12.5

70

50

150

0.5mm element length

in x direction

Cohesive elements embed

between upper and lower

specimen
Initial crack

0.5mm element length

in z direction

+9mm displacement

 

Fig.8 FEA model for DCB test 

Table 2 Material properties for the analysis 

K
MPa

G Ic G IIc G IIIc G Ic0 G Ic90  Ic

MPa

 IIc

MPa

 IIIc

MPa



Analysis 1 0.5 0.5 0.5 50 50 50 1

Analysis 2 G Ic ( ) 0.5 0.5 0.5 0.75 50 50 50 1

   

   

k    k    k    k    k    

 

 

Fig.9 Dependence of fracture resistance on angle  

Comparison was made for cases with and without 

consideration of the dependence. Before that, energy 

release rate was calculated from the load-displace-

ment curve from the analysis with area method for 

the case without the dependence to verify that the 

defined properties correctly reflected on the result. 

Area of the delamination was calculated with crack 

front shape interpolated with 4th-order polynomial 

function. The calculated value of energy release rate 

is 0.48 kJ/m
2
, whose difference to the defined value 

is 4%. Difference of load-displacement curves in the 

cases with and without the dependence of fracture 

resistance is demonstrated in Fig. 10. By considering 

the dependence, load during the development of the 

crack increased 1.3% in average. Difference 

between crack front shapes for the 2 cases is also 

shown in Fig. 11. Analysis 2, in which the 

dependence of the fracture resistance was considered,  

shows 4%  less amount of delaminated area than that 

in Analysis 1, in which the dependence is not 

considered. This is caused by the increase of fracture 

resistance due to change of crack front orientation.  

 

Fig.10 Comparison of load-displacement curve for 

the cases with and without the dependence 

 

Fig.11 Comparison of delamination growth for the 

cases with and without the dependence. 
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3.3 ENF test with consideration of the effect of 

large out-of-plane deformation 

ENF test with large applied displacement  was 

analyzed to validate the formulation of  the present 

cohesive element considering geometric nonlinearity. 

    A finine element model and boundary condition 

used in the analysis are shown in Fig. 12. The 

material is assumed to be isotropic. 8-noded linear 

solid elements were used to model the specimen and 

delamination are modeled by inserting the cohesive 

elements into the middle plane of the specimen. No 

cohesive elements were inserted in the region of pre-

crack and the nodes at the interface were kept 

duplicated. Automatic contact condition is defined at 

interface in the pre-cracked region to avoid 

interpenetration. Same values are used as material 

properties as the analysis of DCB test except that the 

dependence of the fracture resistance on growth 

direction is not considered. 

3

0.5mm element length

in y direction

-50mm displacement

12.5

70

50

150

0.5mm element length

in x direction

Cohesive elements embed

between upper and lower

specimen
Initial crack

0.5mm element length

in z direction

+9mm displacement

 

Fig.12 FEA model for ENF test. 

Fig. 8 shows deformed shape with no scale factor 

after the maximum displacement was applied.  Large 

rotation of the cohesive element lying in the 

interface can be readily observed. All the cohesive 

elements are completely failed at this stage. In the 

result without transformation, bending deformation 

is not symmetric in longitudinal direction while that 

with transformation is symmetric. Fig. 14 is 

magnification of regions marked with square in Fig. 

13. Interpenetration due to compressive traction is 

avoided by penalty stiffness in the normal direction 

to the interface. However, interpenetrationin X 

direction occurred in the case without transformation 

because the surface normal vector is not updated 

according to the rotation of cohesive element and 

remain the original direction, which is parallel to Z 

axis. Fig. 15 shows load-displacement relationship 

for the cases with and without transformtation. 

Although the curves are not much different until 

displacement becomes about 35 mm, where the 

delamination propagates in the region with finer 

mesh, the difference is significant after the cohesive 

elements in region with coarse mesh started to fail 

because of the large interpenetration as shown in Fig. 

14. This result implies importance of consideration 

of geometric nonlinear effect in problem of 

delamination propagation in a flexural media.. 

Without transformation

With transformation  

Fig.13 Comparison of deformed shape. 

Without transformation

With transformation
 

Fig.14 Magnified shape of deformation. 
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Fig.15 Comparison of load-displacement curves for 

conventional and the present method. 

4 Conclusion 

Cohesive element in which fracture resistance is 

determined according to the crack growth direction 

is proposed. The local coordinate system  is 

determined from gradient of relative displacement in 

the cohesive element so that its one axis is normal to 

the crack front and in the interface after deformation. 

 Numerical examples with the present cohesive 

element demonstrated that the dependence of 

fracture resistance on crack growth direction can be 

considered by introducing the present formulation. It 

is also demonstrated that unnatural deformation due 

to large rotation of the surface normal of the 

cohesive element is avoided with the present 

formulation. 

    The present cohesive element can be effectively 

used to analyze delamination growth in a laminate 

with 3 different modes of fracture resistance under 

large out-of-plane deformation. 
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1 Introduction  

Space telescopes achieve high-accuracy observation 

regardless of influence of the atmosphere, due to 

observe outside the earth’s atmosphere. In the 

satellite structures, primary mirrors of the space 

telescopes are the heaviest part. However, because of 

severe weight restriction when launching into spaces, 

lighter mirrors are required. On the other hand, 

larger mirrors are also required to achieve higher 

performance. Hence, materials with lightweight, 

high stiffness and high stable are suitable for mirror 

material. Though glass or SiC were conventionally 

used for mirrors, these materials are too heavy to 

achieve areal density less than 5kg/m
2
. So, using 

CFRP (carbon fiber reinforced plastic) sandwich 

panels has been focused on because of its light 

weight, high rigidity, and extreme low thermal 

expansion. However, according to previous studies, 

CFRP sandwich mirrors could not achieve surface 

accuracy less than λ/20 (λ: observation wavelength) 

due to following issues. 

 

1) Increment of surface roughness due to carbon 

fiber print-through [1]. 

2) Hygroscopic deformation of CFRP skin due to 

fiber misalignment and inhomogeneous fiber volume 

fraction [2]. 

3) Occurrence of honeycomb core dimples on the 

skin at extreme low temperature [3]. 

 

1) is reduced by “replica method [4]” (coating of 

epoxy resin which transferred the surface shape of 

optical-flat glass), and 2) can be reduced by using of 

cyanate ester resin which is low moisture absorption. 

However, no effective solutions for 3) have not been 

reported yet. Though to increase the CFRP skin 

thickness is one of the solutions, it also increases the 

weight of the mirrors. On the basis of these 

backgrounds, we focused on using foam cores to 

achieve dimple-less mirrors. According to previous 

study, it is revealed that moisture absorption is the 

largest cause of deformation in CFRP mirrors [5]. 

Therefore, in this study, we measured the surface 

shape of foam core CFRP mirrors at immediately 

after fabrication and after holding in hot and high-

humidity environment. In addition, we performed 

FEM (finite element method) analyses to obtain the 

optimum foam core properties. On the basis of the 

results, we aimed to suggest a mirror structure with 

dimple-less, low-areal density, and high-surface 

precision. 

 

2 Measurement of deformation of foam core 

mirrors 

2.1 Samples and test procedure 

Specimens are composed of CFRP skins, adhesive 

films, and core materials. The skins were 8 ply 

quasi-isotropic CFRP ([0/±45/90]s), reinforced by 

pitch-based carbon fiber (K1352U, Mitsubishi 

plastics Co. Ltd.). For the matrix, cyanate ester (EX-

1515, TenCate) was used. The adhesives were epoxy 

resin films with thickness of 60 m. The cores were 

three kinds of polymethacrylimide closed-cell foam 

ROHACELL (51WF, 51RIST, and 51RIMA). The 

ROHACELLs possess excellent mechanical 

properties and low density (0.052 g/cm
3
). Table 1 

shows average cell size of each core. Three kinds of 

ROHACELLs have the same mechanical properties 

(by catalog) and have different cell size. In addition, 

a conventional aluminum honeycomb was also used 

for comparison. To reduce the carbon fiber print-

through on the mirror samples, epoxy resin which 

transferred the surface shape of optical-flat glass 

(Replica) were coated. The CFRP skin was 150 

mm×150 mm×1 mm and core height was 10 mm. 

Thickness of replica coating is approximately 30 m. 

The areal density of all the prepared mirror samples 
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was approximately 3.3 kg/m
2
. Figure 1 shows 

pictures of all the specimens. Surface shape of the 

mirrors immediately after fabrication was measured 

by He-Ne laser interferometer (Zygo, GPI-XP, Fig.2). 

Afterwards, the mirrors were kept in a chamber (as-

one, THR040) with constant temperature and 

humidity at 70 °C, 90 %RH. Surface shapes of the 

mirrors at after 12 days, 2 months and after re-dried 

in a 100°C vacuum chamber were measured by a 

white light interferometer (Zygo, NewView7300, 

Fig.3).  

 

Table 1 Average cell size of each core in this study. 

 

ROHAC

ELL 

51WF 

ROHAC

ELL 

51RIST 

ROHAC

ELL 

51RIMA 

Al 

honeyco

mb(for 

comparis

on) 

Cell 

size, 

mm 

0.657 0.215 0.0346 6.4 

 

 
 

 
 

Fig.1 CFRP mirror samples with cores of 

(a) ROHACELL 51WF, (b) ROHACELL 51RIST, 

(c) ROHACELL 51RIMA and (d)Aluminum 

honeycomb. 

 

 

 
 

Fig.2 He-Ne laser interferometer (Zygo, GPI-XP). 

 

 
 

Fig.3 White light interferometer (Zygo, 

NewView7300). 

 

2.1 Results and discussion 

Figure 4 represents the surface roughness shape of 

the mirrors at each condition. The surface roughness 

was measured by applying a FFT filter (cut-off 

wavelength was 15000 m) to eliminate the large 

out-of-plane deformation. From Fig.4, it is found 

that obvious dimples appear on honeycomb core 

mirrors at immediately after fabrication, and that the 

roughness attributed by the dimples still remained 

even at re-dry condition. The dimples observed at 

immediately after fabrication should be caused by 
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CTE (coefficient of thermal expansion) mismatch 

between honeycomb and CFRP. On the other hand, 

the dimples observed after moisture absorption 

should be caused by creep deformation. On the 

ROHACELL core mirrors, linear grooves in the 

direction of 0, ±45, 90° were observed at 

immediately after fabrication. The direction and the 

distance between grooves show that these grooves 

are due to fiber print-through. Though these grooves 

disappeared due to moisture absorption, some 

embosses appeared after moisture absorption due to 

local moisture content.  

Figure 5 represents the out-of-plane deformation 

shape of the mirrors at each condition. This figure 

shows that, though large out-of-plane deformation 

occurred for ROHACELL core mirrors, it was very 

small for honeycomb core mirror. In addition, 

residual deformations are appeared at re-dry 

condition for the mirrors with ROHACELL core of 

51WF and 51RIST. Those deformations were 

slightly convex. These results imply that low-

modulus foam core can’t resist the deformation due 

to Replica coating on one side and misalignment. In 

addition, moisture expansion of foam core and 

collapse of the cells due to moisture absorption are 

also possible reasons for the deformation of the 

ROHACELL core mirrors. The result for the sample 

with the core of 51RIMA shown different 

deformation with other two samples. One of the 

possible reasons for this is that a debonding between 

the skin and the core was occurred due to moisture 

absorption. 

Figure 6 represents the obtained surface roughness 

(root mean square: RMS values) as a function of cell 

size of the cores. It is demonstrated that 

ROHACELL core mirrors could achieve lower 

roughness than honeycomb core mirrors in all 

conditions, and that residual deformation is appeared 

after re-drying. 

Figure 7 represents the obtained surface accuracy 

(RMS values) as a function of cell size of the cores. 

It is seen from Fig.7 that, though large out-of-plane 

deformation occurred in ROHACELL core mirrors, 

it was very small in the honeycomb core mirrors, 

and that residual deformation is appeared after re-

drying. Only 0.1 m RMS deformation appeared in 

honeycomb core mirrors. On the other hand, the 

deformation for the ROHACELL core mirrors was 

0.7~7 m RMS. The maximum surface accuracy 

value for RIST core mirrors is 1.9 m RMS. 

Considering the needs of less than λ/20 deformation, 

this result presents that ROHACELL core mirror 

with φ70 mm area has a potential to be used for 

detecting infrared ray with wavelength of longer 

than 38 m. However, we aims to manufacture 

primary mirrors with φ2 m available for detecting 

near-infrared wavelength in this study. To achieve 

the aim, mirrors with further smaller deformation is 

required. 
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Fig.4 Experimentally obtained surface roughness on for each samples (observed area was 15 mm in diameter.). 

 

 
 

Fig.5 Experimentally obtained out-of plane deformation for each samples (observed area was 70 mm in 

diameter.)
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Fig.6 RMS values of the surface roughness for each 

sample. 
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Fig.7 RMS values of the surface accuracy for each 

sample. 

 

 

3 FEM analyses of deformation of foam core 

mirrors 

3.1 Analysis condition 

The experimental results shown that large out-of-

plane deformation appeared on foam core mirrors by 

exposing in hot and high-humidity environment. In 

order to reveal the mechanism of the large 

deformation, analyses based on FEM were performed. 

In the analyses, ANSYS ver.13.0 (ANSYS, Inc.) was 

used. Figure 8 schematically illustrates an analytical 

model of the foam core CFRP mirror, and Fig.9 

represents a meshed model. Size of the model was 

150 × 150 mm. The CFRP skins had quasi-isotropic 

fiber orientation of [0/±45/90]s and laminate 

thickness was 1 mm. The thickness of the foam core 

was 10 mm, and that of adhesive films was 60 μm. 

Replica was coated on one surface with thickness of 

30 μm. In the models, hexahedral elements were used, 

and in-plane sides of the model were divided into 40 

× 40 elements. In the thickness direction, the replica 

layer, adhesive layers and CFRP lamina layers had 1 

element, and the core had 4 layers. The total elements 

of the model were 36800. At point A (see Fig.9), 

displacement of X and Y-direction was fixed, and X, 

Y, Z-direction at point B and Y-direction at point C 

were also fixed. These boundary conditions lead to 

restriction of rigid motion and rotation in all 

directions, and to permission of only out-of-plane 

deformations. 

In the analyses, maximum moisture content (M∞) of 

each material was applied to all nodes in order to 

evaluate the deformation when the moisture 

absorption of the samples was saturated. Table 2 

represents the material properties of CFRP, replica, 

adhesive and foam core. For the foam core, 3 

different Young’s modulus and coefficient of 

moisture expansion (CME) were used in order to 

evaluate the effect of core properties. These values 

assumed the Young’s modulus and CME for 

ROHACELL, Carbon foam and Phenolic resin foam. 

In addition, analysis using a model with Al 

honeycomb core was also carried out for comparison. 

Table 3 represents the material properties of the Al 

honeycomb core. 
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Fig.8 Schematic illustration of the analytical model 

of a CFRP sandwich panel. 
 

 
 

Fig.9 The meshed FEM model for analyses. 

 

 
Table 2 Material properties of CFRP and Epoxy resin. 

  E, GPa G, GPa ν CME, 10
-4

/% M∞, wt% 

CFRP 

(Epoxy/pitchCF) 

X 346 Gxy=4.2 νxy=0.33 0.21 

1.2 Y 5.3 Gyz=1.89 νyz=0.4 40 

Z 5.3 Gxz=4.2 νxz=0.33 67 

Replica, Adhesive  

(Epoxy resin) 
3 - 0.3 67 1.3 

Foam core 

0.075 

- 0.33 

0.5 

8 0.5 5 

2 10 
 

Table 3 Material properties of core materials 

  
E, GPa G, GPa ν 

CME, 

10
-4

/% 
M

∞
, wt% 

Al 

Honeycomb 

X 2.83×10-3 G
xy

=7.85×10-4 ν
xy

=0.99 

0 0 Y 2.83×10-3 G
yz

=0.39 ν
yz

=3×10-5 

Z 2.8 G
xz

=0.39 ν
xz

=3×10-4 

ROHACELL 51WF, 

ROHACELL 51RIST, 

ROHACELL 51RIMA 

0.075 - 0.33 5 8 

GRAFOAM FPA-10 0.5 - 0.33 0.5 15 

 

 

3.2.1 Surface deformation of ROHACELL core 

mirrors 

Figure 10 shows out-of-plane deformation appeared 

on the surface of the ROHACELL core mirror 

without fiber misalignment. In Fig.10, surface 

depressions were observed along the edge of the 

model (edge effect), and the edge effect was 

concentrated at four corners. Figure 11 shows 
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deformation shape of the ROHACELL core along 

lines of A, B, C depicted in Fig.10, and along the line 

A on the honeycomb core. From Fig.11, it is revealed 

that, though the edge effect did not appear on the 

honeycomb core, it clearly appeared on ROHACELL 

core. This is because of large shear stress in the skin 

caused by large hygroscopic expansion of foam. In 

Fig.11, the deformation is the largest in the diagonal 

direction. It is expected that the deformation is the 

most affected by the fiber orientation in the 

outermost layer. Figure 11 shows convex deformation 

is observed around the center of the specimen for all 

cores. However, the convex deformation did not 

appear when analyses were performed without 

replica (Fig.12). These results show that the convex 

deformation is occurred due to replica coating on one 

surface. To increase core height and to enhance 

bending stiffness should be an effective way to 

reducing convex deformation. However, deformation 

caused by edge effect is larger than the convex 

deformation by replica. Along the line B, the 

calculated deformation was 8 mPV. This 

deformation is too large to ignore for the mirrors in 

which the deformation is desired to be less than sub-

micron scale. Therefore, to decrease the edge effect is 

required to achieve high-accuracy mirrors. 

 

 
 

Fig.10 Analytically calculated surface deformation of 

a ROHACELL core mirror. 
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Fig.11 Surface deformation profile of mirrors with Al 

honeycomb and ROHACELL core. 
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Fig.12 Deformation profile of ROHACELL core 

mirror with and without replica. 

 

3.2.2 Comparison with experimental result 

In the experiments, the deformations were measured 

in the range of φ70 mm around the center of the 

specimen. To compare the analytical results with the 

experimental ones, we focused on the area of φ70 
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mm in the analytical results. Table 4 shows the 

analytical and experimental results of surface 

accuracy in φ70 mm area. In this table, the values of 

“experimental result” were determined as difference 

between the deformation obtained immediately after 

fabrication and that obtained after absorption for 2 

months. In Table 4, experimental results for 

ROHACELL core (51WF and 51RIST) are larger 

than that for analytical result, and the experimental 

results for Honeycomb core is smaller than that for 

analytical results. One reason for this should be that 

the matrix resin used in the experiments was different 

from that assumed in the analyses. Though the 

material properties of epoxy resin were used as the 

matrix resin in the analyses, cyanate ester resin was 

used as matrix resin in the experimental sample. The 

amount of moisture absorption for the cyanate ester 

resin is lower than that for the epoxy resin. Therefore, 

the deformation in the experiments should be smaller 

than that in the analyses. This is the reason for the 

difference between the analytical and experimental 

results for honeycomb sample. However, this is not 

the reason for the difference appeared in the 

ROHACELL core samples. 

 

Table 4 RMS values of deformation value in the area 

of φ70 mm around the center of the samples (without 

fiber misalignment) 

 
ROHACE

LL 51WF 

ROHACE

LL 

51RIST 

Al 

honeyco

mb 

RMS, m 0.362 0.364 

(Experiment

al result) 
(3.295) (0.699) (0.063) 

PV, m 1.247 1.260 

(Experiment

al result) 
(14.315) (4.176) (0.033) 

 

3.2.3 Effect of core properties on fiber 

misalignment 

In the previous section, we did not take into account 

the influence of fiber misalignment in FEM model. In 

this section, we investigate the influence of 

misalignment of the skin on the deformation. The 

skins have +5° misalignment in outermost layer in 

this section, and the deformations were calculated 

with varying the core CME and Young’s modulus (E). 

Figure 13 represents the surface deformation of the 

ROHACELL core mirror. The obtained deformation 

shows twist shape due to misalignment on the edge 

effect. Figure 14 represents the deformation shape 

along arrow line depicted in Fig.13, and Fig.15 

focuses on enclosed area in Fig.14. It is found from 

Fig.14 that larger edge effect appears in the results 

for larger CME. Figure 15 shows that, though the 

deformation around the center of the mirrors 

increases with decreasing E when CME is small, that 

decreases with decreasing E when CME is large.  

Table 5 shows the analytical and experimental results 

of surface accuracy around the center of the sample 

(the area in φ70 mm) obtained with +5° 

misalignment in the outermost layer as well as shown 

in Table 4. The experimental results for ROHACELL 

core sample are still larger than the analytical results. 

Therefore, these results imply that the fiber 

misalignment in the skin is not a significant factor for 

the large deformation obtained in the experiments. 

 

 
 

Fig.13 Calculated surface deformation of a 

ROHACELL core mirror with fiber misalignment 

(CME: 5.0×10
-4

/%, Young’s modulus: 0.075GPa). 
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Fig.14 Analytically obtained deformation profile of 

each core mirrors.  
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Fig.15 Surface deformation focused on around the 

center of the sample (enclosed are presented in 

Fig.14). 

 

 

 

 

 

 

 

 

 

Table 5 RMS values of deformation in the area of 

φ70 mm (with misalignment). 

 
ROHACE

LL 51WF 

ROHACE

LL 

51RIST 

Honeyco

mb 

RMS, m 0.462 0.411 

(Experimen

tal result) 
(3.295) (0.699) (0.063) 

PV, m 2.99 1.74 

(Experimen

tal result) 
(14.315) (4.176) (0.033) 

 

3.2.4 Effect of CME and Young’s modulus 
The PV values of edge part along the line B depicted 

in Fig.10 for various core CME and E are shown in 

Fig.16. In these analyses, the replica layer was not 

defined in the models to evaluate only the effect of 

edge effect. Figure 16 presents that the edge height 

decreases with decreasing CME and E. However, 

when CME is 0.5×10
-4

 /wt%, the edge height is 

decrease with increasing E. This is because the high-

modulus core suppress the edge effect between the 

skin and adhesive. These results suggest that foam 

core with smaller CME mismatch between the cores 

and skins and with higher Young’s modulus should be 

effective to achieve the mirrors with smaller 

deformation.  

Figure 17 and Fig.18 show analytical results 

calculated from models with a carbon foam core. The 

carbon foams possess lower CME and higher 

Young’s modulus than ROHACELL cores, and in this 

analyses material properties for GRAFOAM FPA-10 

(GrafTech International Ltd.) were defined for the 

core. The analytical model included the replica layer, 

and +5° misalignment was defined in the outermost 

layer of the skin. In those figures, results calculated 

from the model with the ROHACELL and the Al 

honeycomb cores were also presented for comparison. 

As seen in Fig.17, the edge effect is suppressed by 

using the GRAFOAM. In addition, it is found from 

Fig.18 that using GRAFOAM is effective for 

reduction of convex deformation. Though the 

reduction of deformation obtained using the 

GRAFOAM is very small in this analysis (within 1 

mPV), this effect should be magnified if the mirror 

is large. Therefore, using carbon foam cores is one 

option to reduce the deformation. 
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Fig.16 Calculated height of the edges appeared on the 

foam core CFRP sandwich panel. 
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Fig.17 Comparison of the surface deformation on 

GRAFOAM, ROHACELL and Al Honeycomb core 

mirrors. 
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Fig.18 The surface deformation of the mirrors with 

three different cores (focused on the enclosed area 

depicted in Fig.17). 

 

3.2.7 Double core CFRP sandwich structure 
On the basis of the results presented above, the 

carbon foam cores have potential to be dimple-less 

mirrors with low out-of-plane deformation. However, 

the density of the carbon foams are larger than 

honeycomb (for example, the density of FPA-10: 

0.116 g/mm
3
, CFRP honeycomb: 0.03 g/mm

3
), and 

using carbon foam results in high areal density mirror. 

To decrease the areal density, using “double-core 

structure” as shown in Fig.19 is a possible way. This 

structure is consisted of thin foam layers and a thick 

honeycomb layer. Thin foam layers should achieve 

dimple-less surface and low out-of-plane deformation 

without weight gain, and thick honeycomb layer 

should achieve high-bending stiffness. By using this 

structure, both low areal density and high-precision 

mirror should be achieved. 
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Fig.19 Schematic illustration of double-core CFRP 

mirrors. 

 

4 Conclusions 

The experimental results shown that, though 

ROHACELL core CFRP sandwich mirrors achieved 

lower surface roughness (15 nm RMS) than 

honeycomb core mirrors, larger out-of-plane 

deformation (0.7~7 m RMS) was observed. 

From the results of FEM analyses, it was revealed 

that large edge effect was occurred in foam core 

mirrors. Using foam core with small CME mismatch 

and high Young’s modulus is effective for to reduce 

the edge effect. These results suggest that using 

carbon foam is effective to suppress the out-of-plane 

hygroscopic deformation. 

Large out-of-plane deformation occurred in 

ROHACELL core mirrors may be caused by weak 

cell structures. 

In addition, the double-core structure has potential to 

be mirrors with low-areal density, dimple-less and 

low out-of-plane deformation. 
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 INTRODUCTION 

It has been some time now since the interest of 

material developers is constantly being diverted 

towards utilizing composite materials, to solve 

problems in a fast growing industry increasingly 

demanding new materials with unprecedented 

properties. In order to supply an ever- growing 

highly competitive market whose costumers urgently 

demand products of higher performances, of 

economic feasibility, of miniaturized nature, with 

lower density, and of longer life. Since, these end-

users need to match others and even race to gain 

supremacy in fields of strategic and advanced 

applications. Their main incentive is the attractive 

properties of composites, and the possibility of 

designing costume-made materials for specific 

application. 

 

In general, the strength of composites stem from 

their structural inhomogeneity purposely designed 

and induced in a matrix to modify a property in 

question to a desired shape or value in order to fulfil 

a certain required specification. These 

inhomogeneities are supposed to be evenly 

distributed and strongly bound within the host 

matrix, such that the overall composite would 

behave as a single unit. In the field of composite 

technology any property of a specific matrix may be 

purposely modified to suite a desired application by 

selecting an appropriate inhomogeneity to be 

induced within this matrix. However, predesigned 

modification of mechanical properties of a specified 

matrix would strongly depend on the properties of 

the material of the induced inhomogeneity in 

addition to its geometry and dimensional ratios. 

Since, one type of geometry may modify certain 

mechanical properties more effectively than others, 

fiber shaped induced inhomogeneity may lend 

support (reinforce) to a matrix subjected to tensile 

stresses much more effectively than particulated 

fillers, i.e., not only not lend the desired support but 

might cause a deterioration of the tensile strength of 

the host matrix which indicates the importance of 

the geometrical factor in real application. 

Traditionally, most metal-matrix composites are 

mainly produced by a melting and casting 

techniques or by powder metallurgy, which both are 

most suited for to be reinforced by short fibers. 

However, to melt a plain matrix involves the use of 

somehow extensively high temperatures, depending 

on the melting point of the metal matrix. Moreover, 

to introduce the fiber to the molten metal matrix may 

subject these fibers to a number of risks :- 

                 

 Having a chemical reaction with the matrix 

material. 

 Suffering a permanent shape deformation. 

 Getting oxidized at high temperatures. 

 

Each of the above possibilities would drastically 

modify the chemical or geometrical properties of the 

fibrous filling material, which may undermine its 

functional ability to reinforce the host matrix and 

thus cancels the basic principle of reinforcement and 

the structure of the composite. On the other hand, 

composites may also be produced via an 

electrochemical forming process, where a metal-

matrix may be deposited or built around long 

reinforcing fibers or meshes at temperatures fairly 

close to room temperature. Thus, the expected or 

possible damage of the reinforcing fibers would be 

avoided.  

        In the present work, a nickel matrix is deposited 

by an electrochemical forming technique, where a 

special mold/fiber-holder is designed to hold the 

long fibers in a desired configuration. This fiber-

holder is then used as a cathode in a Watts 

deposition bath. The resulting composites produced 

at various deposition conditions (deposition current 

densities and deposition bath temperature), are 

subjected to thermal and mechanical treatments 

primarily in the aim of promoting the internal 

compaction. The resulting microstructure and the 

mechanical nature of these treated composites is 

investigated accordingly to study the effect of these 

secondary treatments. 
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EXPERIMENTAL TECHNIQUES 

 

             A number of long carbon fibers, properly 

cleaned by acetone, arranged in an equidistant 

parallel configuration. All fixed in a rectangular-

shaped frame-mold shown in figure (1). Ensuring 

that electrical conduction is only limited to the 

carbon fibers and not to the elastic frame material. 

This frame-like mold is dipped in the Watts bath 

deposition solution and used as a cathode in the 

electrochemical forming process, Whereas, a sheet 

of pure nickel metal is used as an anode in the bath. 

D.C currents of various densities is supplied by a 

power supply capable of supplying (1-15) Amperes 

at voltages of up to 10 volts across the terminals of 

the bath. Accordingly, nickel is deposited around the 

conductive fibers building up a nickel matrix around 

the prefixed reinforcing fiber configuration 

mentioned above, thus forming a carbon fiber 

reinforced nickel composite. The solution in the bath 

used in the Watts bath is continuously stirred to 

ensure temperature homogeneity. Table (1) below, 

exhibits the chemical composition of the deposition 

solution used in the Watts bath, in addition to that it 

shows the operational conditions maintained through 

the deposition process. Raw/as deposited composites 

are normally found to be porous as discussed below 

in the results and discussion part. They are subjected 

to thermal-mechanical combined regimen of 

treatment in an attempt to compact the bulk as much 

as possible and eliminate the residual porosity. The 

treatment included heating at a specific temperature 

for period of one hour prior to being immediately 

forged, and this thermal treatment would be repeated 

if a second forging pass is desired. Thus, multiple 

forging passes would involve multiple heat 

treatments accordingly are performed. 

Microstructures of the as deposited and those treated 

by the above thermal--mechanical process are 

investigated by standard optical microscopy using 

maximum magnification power on samples of 1cm 

in width and 2cm in length. Tensile strength tests are 

made in accordance to ASTM-standard numbered 

D3552, while bending tests are performed in 

accordance to ASTM-standard number D790. 

Impact strength tests are performed in accordance to 

ASTM-standard number E23.  

 

ABESTRACT      

In the work, a metal=matrix composite is 

electrochemically formed by depositing a nickel-

matrix around a prearranged configuration of long 

reinforcing carbon fibers. The microstructure shows 

columnar nickel-grain structure in which the grains 

are attached by surrounding the long carbon fibers in 

a polarized manner. It also shows the presence of 

giant vertical pores when certain regions are cut-off 

from the depositing current, thus prevented from 

being filled up by the deposition process. The 

resulting composites are treated thermo-

mechanically (heat treatment and forging) in an 

attempt to reduce the inherent porosity, and this 

secondary treatment has modified the microstructure 

heavily. This has changed much of the structural and 

mechanical nature of the original composite like the 

load-deflection behavior, the flexural modulus, the 

tensile strength, and the impact strength of both 

plain- matrices and those of reinforced composites.  

 

Results and Discussion 

A nickel-matrix is electrochemically 

deposited around a predesigned configuration of 

long carbon fibers to manufacture a metal-matrix 

composite without using high temperatures. The 

microstructure of the resulting composite consists of 

columnar nickel-grains polarized in a radial manner 

around individual carbon fibers of the above 

mentioned configuration as shown in fig. 1. The 

grains are totally aligned along the direction of the 

deposition current, which flows through the whole 

surface area of the reinforcing fibers. Moreover, it 

may also be noticed that the sizes of nickel grains in 

direct contact with individual carbon fibers surface 

and those residing in rows very close to it are 

explicitly finer than those residing in rows further 

away from the fiber surface. This is due to  

The fact that the surface area of individual fibers is 

constantly increasing by a continued process of 

nickel grains deposition. Hence, the corresponding 

current density would vary in accordance with the 

actual value of the total surface area exposed to the 

deposition current. This would result, in different 

grain sizes being deposited at different distances 

from the reinforcing fiber surface. Since, higher 
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current densities would deposit finer grains and 

lower current densities would deposit coarse grains 

(x). Moreover, one may notice how cylinder cal-

shaped accumulations around carbon fibers enclose 

large size voids (pores) in the overlap regions 

.Formed as isolated regions after being sealed off 

from the deposition current flow, and accordingly 

deprived from being filled up by deposited nickel.  

In an attempt to enhance the compaction of these 

composites, secondary processes are applied where 

composites are separately subjected to heat 

treatments at temperatures of 450C, 550C, and 650C 

for a period of one hour. And the photomicrographs 

exhibited in fig.2 indicate that the treatment at 450C 

has done nothing to modify the original 

microstructure. However, higher temperatures (550C 

and 650C) seem to initiate a grain growth process 

which inflicted an explicit deformation on the 

original microstructure to various degrees depending 

on the temperature as shown in fig.2. The cracks 

shown in the figure are mainly due to deferential 

stresses induced by the grain growth process itself. 

Moreover, the composites are subjected to a number 

of forging passes (1 to 3 passes) in between which 

the composite is heat treated at the relevant 

temperatures. Hence, in this case the material 

receives a multi-fold heat treatment in addition to 

mechanical treatment each time it is subjected to 

forging, yielding the observed cracks and the 

gradual grain-shape transformation.  

This combined treatment has initiated a continuous 

transformation process of columnar grains into 

ordinary grains as exhibited by fig.4 show how load-

deflection behavior would drastically modify upon 

heat treatments, where the ductility of the plain 

nickel matrix is enhanced with increased heat 

treatment temperature. 

The load-deflection behavior of the composite as 

shown in fig.5 , where it clear that the untreated 

composite is also highly stressed and the respective 

ductility seem to enhance with increasing heat 

treatment temperature. One may also notice that the 

ductility and the tensile strength decline with 

increasing number of forging passes, which may 

correlate with what has been said about fig.3 where 

the continued crack growth is expected to reduce the 

tensile strength. This may be further confirmed by 

fig.6 where the tensile strength explicitly declines 

with increasing heat treatment temperature, in 

addition to the increased number of forging passes. 

However, the forging passes seem to take a more 

effective role in the observed deterioration, since the 

non-forged plain nickel lost about 30% of its tensile 

strength value , whereas that of the composite has 

deteriorated by nearly 80% when subjected to this 

combined thermo-mechanical treatment.  

Similarly, the elastic modulus of plain matrix and 

that of the composite behaved in a very much the 

way. 

Figure 8, on the other hand exhibits the variation of 

the flexural modulus of plain nickel-matrix and that 

of the composite before and after forging , it is clear 

that the modulus of material before forging is greater 

than that of plain nickel-matrix.  

But, when forging as a treatment is applied the 

flexural modulus is explicitly reduced, and in 

general these modulus-values seem to decline when 

the materials are subjected to increasing heat 

treatment temperature. 

Following suite is the behavior of the impact 

strength of these materials exhibited in 

comparatively in fig.9, the value of the impact 

strength of plain nickel matrix does not seem to be 

affected very much by the heat treatment 

temperature. Whereas, that of the composites seem 

to decline in general with increasing heat treatment 

temperature 
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Fig. 1 Fine columnar grains surrounding the 

carbon fiber with radial direction in Ni-C 

composite cross section shows. 

 

 

Fig. 2 The microstructure of Ni-C composite 

preforging at heat treatment temperature (a) 

450°C   (b) 550°C   (c) 650°C. 

 

 

Fig. 3 The microstructure of Ni-C composite with 

three forging passes at heat treatment 

temperature (a) 450°C   (b) 550°C   (c) 650°C. 

 

 

Fig 4 The tensile (stress-strain) curves for plain 

nickel heat treated at different heat treatment 

 

 

Fig.(5) The tensile (stress-strain) curves for Ni-C 

composites treated at different heat treatment 
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temperatures and forged with (a) preforging,   (b) 

1 forging pass,   (c) 3 forging passes 

 

 

Fig.6 The effects of heat treatment temperatures 

on the ultimate tensile strength of plain nickel 

and its 

 

 

Fig. 7 The effects of heat treatment temperatures 

on the Young's modulus of plain nickel and its 

composite. 

 

Fig. 8 The effects of thermomechanical treatment 

temperatures on the flexural modulus of plain 

nickel and its composite 

 

 

 

 

Fig.9 The effects of heat treatment temperatures 

on the impact strength of plain nickel and its 

composite. 
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1. Introduction  

Shape memory polymers[1] is a new class of active 

materials that have potential for applications such as 

biomedical devices, surface patterning, and light 

weight morphing structures. Recently, microvascular 

systems were proposed and developed by one of the 

authors’ group[2] and have demonstrated improved 

thermal management and shape recovery 

performance. This paper further investigates the 

performance of this microvascular system through 

simulation-based parametric design studies. Design 

guidelines of such systems are then discussed.  

2. Miscrovascular System and Experiments 

Details about fabrication of microvascular system 

can be found in Phillips and Baur[2]. Briefly, the 

SMP used for this work was Veriflex (Cornerstone 

Research Group, Dayton, OH). Ten stainless steel 

tubes of 203m OD, 102 mm ID, and 489mm long 

were used as the vascular tubes. The SMP resin was 

filled into a model then annealed. The final panel 

measured 146mm parallel to the tubes, 170mm 

perpendicular to the tubes, and 1.69mm thick. A 

mechanical recovery experiment was run for the 

panel with microvascular heating. After 

programming a shape of 20% strain (in the direction 

perpendicular to the tube direction), one edge of the 

panel was released from the fixture. The heating 

protocol was 25ml/min of water delivered at 110ºC.  

3 Models 

3.1 Material Model for SMP 

A multi-branch therrmoviscoelastic constitutive 

model was used to capture the shape memory 

behavior of the SMP used. More details about the 

model can be found in [3][4]. Parameter 

identification was conducted by fitting the DMA 

tan curve, shown in Fig. 1.  

 
Fig. 1 Parameter fitting using the DMA test. 

 
Fig. 2. Modeling method in ABAQUS in the 2D setting.  

(a) Dimension illustration of a representative 

microvascular SMP composite. (b) Finite element model 

mesh for the half-size periodic unit cell. 

3.2 FEA Model for Microvascular System 

FEA software ABAQUS was used. Fig. 2 shows the 

FEA model of the representative case, whose 

dimensions matched those in the experiment. Due to 

symmetry, only a half of the periodic model was 

analyzed. For thermal boundary conditions, the top 
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surface was applied with “surface radiation” 

condition with the ambient temperature of 25
o
C. 

Other surfaces were applied with insulate condition. 

In a SM cycle, the model was first stretched by 20% 

at 110
o
C. After the shape was fixed, hot water was 

delivered at 110
o
C (25ml/min) to activate the SMP 

composite for free shape recovery. 

 
Fig. 3 The comparison between the simulation and 

experiments. The shape recovery ratio is captured on 

Point 3 in the stretching direction. 

4. Results 

4.1 Comparison with experiments 

Fig. 3 shows the simulated recovery behavior of the 

microvascular system, as well as the temperature 

evolution on Point 1 and Point 3 (shown in Fig. 2) 

and the comparison with the experiment. It is seen 

that the FEA simulation matched experiment very 

well. Fig. 4 shows the temperature distribution 

within the half-size periodic model during the SM 

cycle. It can be seen that the free shape recovery 

behavior of the SMP composite is a process coupled 

by the thermal conduction and thermally induced 

shape recovery. Point 1 recovers faster than point 3 

because it has higher temperature. 

4.2 Parametric studies 

Fig. 5 shows a representative parametric study 

where the composite is heated by the water of 

temperatures of 90
 o

C, 100
 o

C, 110
 o

C and 120
o
C, 

respectively.  It is clear that the higher the water 

temperature the faster the recovery rate.   

5. Conclusions 

Finite element studies were carried out to study the 

performance of a SMP based microvascular system 

for the improved thermal management and shape 

recovery.  Comparison between model simulation 

and experiment shows very good agreements. 

Parametric studies revealed design guidelines of 

such systems. 

 

Fig. 4 Temperature distribution within the half-size 

periodic unit cell during the finite element analysis. 

 
Fig. 5.  Shape recovery ratio of the SMP composite under 

different heating conditions where the composite is heated 

by the water temperature at 90
 o

C, 100
 o

C, 110
 o

C and 

120
o
C, respectively.  
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1  General Introduction  

Large numbers of steel structures, like pipelines, 

bridges etc, are deteriorating due to corrosion or are 

coming to the end of their design life. Such 

structures are in need of retrofitting and 

replacement; and many of them are located in 

regions that regularly experience fluctuating thermal 

(hot-cold) conditions. Applications of Carbon Fiber 

Reinforced Plastic (CFRP) composites in the repair 

and rehabilitation of existing steel structures have 

gained significant attention due to their high strength 

to weight ratio, installation flexibility, and long term 

durability [1, 2]. However, FRP strengthened steel 

members are characterized by debonding failures, 

which are mainly governed by the weak adhesive 

layer that can be subjected to both shear and peeling 

stresses. As these members can be subjected to 

different environmental conditions and loading 

scenarios during their service life, it is critical to 

clarify and investigate the influence of different 

environmental conditions on their behaviour and 

bonding capacity.  

A number of studies have been undertaken to 

investigate the impact of moisture content, elevated 

temperature and other environmental conditions on 

the behaviour of steel-FRP joints [3-8]. Karbhari and 

Shulley [3] observed significant degradation in the 

bond strength of steel-CFRP joints upon exposure to 

hot water at 65˚C for 14 days. Dawood et al. [4] 

exposed steel-CFRP joints to accelerated 

environmental conditions that consisted of a one 

week dry cycle (ambient temperatures) followed by 

a one week wet cycle (in 5% NaCl solution at a 

temperature of 38˚C) over a 6 months period. They 

measured about 60% degradation in bond strength. 

Al-Shawaf et al. [5] measured about 50% 

degradation in the bond strength of steel-CFRP 

joints when the temperature of the specimens 

increased from 20˚C to 60˚C. Similar results were 

obtained by Nguyen et al. [6] for double strap steel-

CFRP joints, in which the drop in bond strength was 

about 15% at 40˚C and about 50% at temperature 

greater than the glass transition temperature of the 

adhesive. 

In all the aforementioned studies, the testing to 

failure of the specimens was after the exposure to 

such environmental scenarios. Thus, the influence of 

simultaneous exposure to environmental condition 

and mechanical loading, particularly a sustained one, 

is yet to be investigated. The influence of these 

combined loadings (environmental and mechanical) 

on the behaviour and failure modes of FRP 

strengthened steel structures is crucial for their safe 

use and effective design, and requires further 

investigation.  

This paper presents the results of an experimental 

investigation of the effect of the combined wet 

thermal cycles and sustained loading on the bond 

strength of steel-CFRP single lap joints as well as, 

on the mechanical properties of neat epoxy samples.  
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2  Experimental Program 

A total number of nine steel-CFRP single lap shear 

specimens are prepared with two part epoxy 

adhesive (Sikadur 330) with geometrical properties 

as shown in the Fig. 1. The bonded area of the steel-

CFRP joint is 25 mm x 25 mm and the thickness of 

the adhesive layer is about 1.0 mm. Table 1 

summarizes the test program of the steel-CFRP 

specimens. The control specimens were tested to 

failure immediately after the curing stage at a 

displacement rate of 1.27 mm/min as per ASTM 

D1002 [9] in a 10 kN capacity testing machine 

(Fig. 2). Two of the lap shear specimens (Set 2) 

were loaded up to 50% of the failure load (which 

was determined from the control testing) and the 

load were then kept constant for the next 21 days. 

Thus, the specimens were under sustained load and 

exposed to ambient temperature for three weeks, 

after which they are tested for the residual strength, 

similar to the control specimens. The third set 

consist of three steel-CFRP joints, which were 

exposed to only thermal cycle (10˚C to 50˚C) 

without any sustained load for 21 days and were 

tested after that for its residual strength. Each 

thermal cycle consists of two and a half hours of 

cold water cycle (at 10˚C), and two and a half hours 

of hot water cycle (at 50˚C). Two of the steel-FRP 

joints (Set 4) were loaded up to 50% of the failure 

load and the load were then kept constant for 

21 days along with the exposure to thermal cycle 

environment (10˚C to 50˚C) in immersed conditions. 

The specimens were then to be tested for the residual 

strength after 21 days.  

A total number of fourteen adhesive tensile coupon 

specimens are also prepared as per ASTM D638-10 

and cured for 14 days. The dimensions of the 

specimens are shown in the Fig. 3. Table 2 

summarizes the test program for the adhesive 

coupon specimens. Three of the specimens are 

control specimens which were tested immediately 

after curing in a 10 kN testing machine as per 

ASTM D638-10 [10]. Six of the specimens were 

exposed to sustained loading of 30%, 50%, and 70% 

(2 specimens each) for 21 days and were then tested 

in tension to failure similar to the control specimens. 

Three samples were exposed to thermal cycle (10˚C 

to 50˚C) without any sustained load for 21 days and 

were then tested for the residual strength. Three 

epoxy samples were exposed to sustained load 

(30%, 50%, and 70%) along with the thermal cycle 

for 21 days. The specimens were to be tested for the 

residual strength after the stipulated time.  

2.1  Preparation of the lap-shear specimens: 

The CFRP strips were cut to size (180 mm long by 

25 mm wide) using a hacksaw with very fine blade; 

the steel plates were ordered pre-cut into size. The 

surface of the steel plates was prepared to cleaning 

standard St2 according to ISO 8501-01 [11]. The 

surface was hand grounded with P60 sandpaper until 

the shiny surface of the steel was seen and all mill 

scale removed. The surface was then cleaned with 

acetone to remove all grease, oil, and rust. The 

surface of the CFRP was also lightly sanded using 

P80 sandpaper to improve the bonding quality. The 

surface preparation procedure was applied 

consistently, and rigorously, to minimise potential 

variations in the data obtained through the CFRP-

adhesive-steel bond.  

To minimise bending near the bonded region, grips 

of 75 mm long and 25 mm wide were adhered at the 

ends of the steel and the CFRP to align the load line 

close to the mid-point of the adhesive bond [12], as 

shown in the Fig. 1. The adhesive was mixed 

according to the product data specifications, and was 

applied over the gripping area at the ends of both the 

steel and the CFRP plates. Two 1.0 mm spacers 

were placed on the gripping area to ensure that the 

specified uniform bond thickness was achieved. The 

grips were then placed on their respective substrate. 

Once the grips were placed into position, the 

adhesive was applied over the bonded (overlap) area 

onto the steel. The bonded region of the CFRP was 

then placed over the steel with proper alignment, and 

weights were placed over the bonded regions. This 

ensured a uniform bond thickness in the overlap 

region. Any adhesive squeezed out from the edges 

was carefully removed. The specimens were then 

placed in a controlled environment room for 14 days 

for curing at 23˚C and 50% relative humidity. After 

curing, the thickness of the adhesive layer was 

measured at different locations using a vernier 

caliper and was found to be consistent with the 

specified one.  

2.2  Material Properties: 

The elastic modulus and the tensile strength of the 

CFRP laminate are given in the manufacturer’s 

specifications as 165 GPa and 2800 MPa, 

respectively. The elastic modulus of the steel is 

207 GPa, and the yield and the ultimate strengths are 

350 MPa and 430 MPa, respectively. The tensile 

properties for the adhesives were obtained from the 

testing of coupon specimens as per ASTM D638-10 
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[10]. The glass transition temperature of the epoxy 

used is 47˚C as per manufacturer’s specification. 

2.3  Thermal Cycle Apparatus: 

Thermal cycle equipment was designed and 

manufactured to apply the sustained loading along 

with the wet thermal cycle on six specimens 

simultaneously. The apparatus basically consists of 

four different units – hot cycle unit, cold cycle unit, 

test tank, and the controller. The hot cycle unit is a 

water tank with a heating element and a temperature 

sensor and controller. The cold water unit consists of 

a water tank with a temperature sensor, and a chiller, 

which cools the water. The test tank has six loading 

frames to test the specimens independently, and is 

connected to hot cycle unit and cold cycle unit with 

hoses, pumps, and valves. The number of cycles, the 

duration of each cycle, and the circulation time can 

be controlled using a controller.    The equipment is 

shown in the Fig. 4. In this experiment, the 

circulation time is two hours each for the cold and 

the hot cycle. It takes fifteen minutes each to fill the 

test tank with cold/hot water and fifteen minutes 

each to empty the test tank at the end of the 

circulation period. Thus, the cycle time for the cold 

water and for the hot water is 150 minutes (2 hrs 

30 mins) each; which makes the time period of the 

thermal cycle to be five hours. The thermal cycle 

profile obtained from the apparatus is shown in the 

Fig. 5. 

2.4  Instrumentation: 

All the loads are measured using 20 kN range load 

cells. The total displacement of the steel-CFRP lap 

shear specimens are measured using 2.5 mm range 

LVDTs. Four 3 mm strain gauges were placed on 

each lap shear specimen, two on steel and two on 

CFRP to capture the load eccentricity, if any, and to 

use the value for verifying the theoretical model in 

future. The strains in adhesive coupon specimens are 

measured using 6 mm strain gauges. The 

temperatures of the test tank and of the specimens 

are measured using thermocouples.   

3  Results: 

3.1 Control testing (no sustained load – no 

thermal cycle) 

3.1.1  Epoxy Samples 

The stress-strain curve of the control specimens (no 

sustained load – no thermal cycle) of the epoxy 

samples are shown in the Fig. 6. The average failure 

stress is 38 MPa and the average initial elastic 

modulus is 4620 MPa. The average strain at the 

failure load is 12675 με.  

3.1.2  Lap-Shear Specimens 

The load-displacement curves of steel-CFRP single 

lap shear control specimens are shown in the Fig. 7. 

The average failure load is 4610 N, and the average 

stiffness is 7300 N/mm. The average failure stress 

can be calculated as the failure load divided by the 

bond area and is found to be 7.4 MPa. The failure is 

at the interface between adhesive and steel thereby 

indicating this as the weakest link. 

3.2  Only sustained load – no thermal cycle 

3.2.1  Epoxy Samples 

The strain-time curve (creep) for the long term 

testing of the epoxy samples, exposed to 30% 

sustained load for 21 days with no thermal cycle, is 

shown in the Fig. 8(a). The average initial strain is 

1860 με, and the average total strain after 21 days is 

4930 με. The creep strain, which is the total strain 

minus initial strain, is 3070 με and is about 165% of 

the initial strain. The figure also shows the 

unloading strain profile of one of the epoxy samples 

(A-0-30-2) when the load was removed after 21 

days. The strain was measured for 7 days after 

unloading, and the recovered strain is observed as 

2320 με, leaving in the sample a residual strain of 

2850 με. It is worthwhile to note that the strain 

recovered is almost equal to the initial strain when 

the sample was loaded initially. 

The strain-time curve (creep) for the long term 

testing of epoxy samples, exposed to 50% sustained 

load for 21 days with no thermal cycle, is shown in 

the Fig. 8(b). The average initial strain is 3990 με, 

and the average total strain after 21 days is 

12990 με. The creep strain is calculated as 9000 με, 

which is about 225% of the initial strain. Similar to 

the 30% samples, the recovered strain of one of the 

sample (A-0-50-2) was measured and is found to be 

4420 με, leaving the residual strain of 8600 με in the 

sample.  

The strain-time curve (creep) for the long term 

testing of epoxy samples, exposed to 70% sustained 

load for 21 days with no thermal cycle, is shown in 

the Fig. 8(c). The initial strain for the specimen A-0-

70-1 is 6080 με, and the total strain after 21 days is 

22970 με. The creep strain is calculated as 16890 με, 

which is about 278% of the initial strain. Also, 

around 31% of the strain is recovered after 
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unloading. As can be seen from the Fig. 10, the 

strain values of the two specimens are inconsistent 

after 6 days and thus, another set of experimental 

data is needed to confirm the results.  

Thus, it can be concluded from the above results that 

the creep strain increases when the applied sustained 

load is increased, and that the strain recovered after 

unloading is almost equal to the initial strain. Also, it 

takes about 6-7 days for the recovery of the strain to 

be completed. Thus, in order to measure the residual 

strength of the specimens, it should be tested at least 

7 days after the specimen has been unloaded.  

Fig. 9 shows the stress-strain curve for the epoxy 

specimens which were exposed to sustained loading 

for 21 days with no thermal cycle and were then 

allowed to recovered for 7 days and were then tested 

until failure. It can be seen that the failure stress for 

A-0-30-2, A-0-50-2, and A-0-70-2 is 38.8 MPa, 

38.5 MPa, and 38.2 MPa respectively, which are 

very close to the failure stress of the control 

specimens (38 MPa). The initial elastic modulus for 

A-0-30-2 and A-0-50-2 is 4290 MPa, and 4395 

MPa, respectively which is about 7% lower than that 

of the control specimens (4620 MPa). The initial 

elastic modulus of A-0-70-2 is 5270 MPa and has to 

be confirmed with another set of data.  The strain at 

the failure stress for the three specimens is 11810 με, 

11690 με, and 12640 με respectively. However, it 

should be noted that the residual strain calculated 

from Fig. 11 has to be added to these values in order 

to get the total strain at the failure stress. Thus, 

overall it can be seen that the sustained loading for 

21 days has no significant impact on the tensile 

strength and on the elastic modulus of the epoxy 

samples. However, the samples should be loaded for 

more than 21 days, may be even a year period, to see 

the impact of sustained load before making any final 

conclusions from the above test results.  

3.2.2  Lap-shear specimens 

Fig. 10 shows the load-displacement curve for steel-

CFRP joints after exposure to sustained loading of 

50% for 21 days. The average failure load is 4410 N, 

which is about 4.5% lower than that of the control 

specimens. The average failure stress can be 

calculated as 7 MPa. The average stiffness is 

8400 N/mm and is about 15% higher than that of the 

control specimens. The average displacement at 

failure load is 0.525 mm, which is about 17% lower 

than the displacement in case of control specimens. 

However, the residual displacement (due to the 

sustained load), which could not be measured in this 

testing, should be added to the displacement from 

the short-term testing in order to get the total 

displacement of the specimens at failure. There was 

no change in the failure mode of the specimens, as 

compared to the control one, indicating that the 

sustained load does not alter the failure mechanism 

of the steel-CFRP joints.  
 

3.3  No sustained load – only thermal cycle 

3.3.1  Epoxy Samples: 

The stress-strain curves of the epoxy specimens, 

after exposure to 108 thermal cycles (in water) for 

21 days, are shown in the Fig. 11. The average 

failure stress is 36.4 MPa which is about 4% lower 

than that of the control specimens (38 MPa). The 

average strain at the failure stress is 20740 με which 

is about 64% higher than that of the strain in case of 

control specimens (12675 με). The average initial 

elastic modulus is 3460 MPa which is about 25% 

lower than that of the control specimens 

(4625 MPa). Thus, the exposure to thermal cycles 

alone has no significant impact on the failure 

strength of the epoxy, but it makes the samples 

highly ductile in nature.  

3.3.2  Lap Shear Specimens: 

The load-displacement curves for the steel-CFRP 

joint specimens, after exposure to 108 thermal 

cycles (21 days) without any sustained load, are 

shown in the Fig. 12. The average failure load is 

3925 N, which is about 15% lower than that of the 

control specimens. The average failure stress can be 

calculated as 6.3 MPa. The average stiffness of the 

specimens is calculated as 5815 N/mm, and is about 

20% lower than in case of control specimens. This 

reduction in stiffness is attributed to the increasing 

ductile nature of the epoxy after exposure to thermal 

cycles (section 3.3.1). The observed failure mode of 

the specimens was adhesive failure at steel-adhesive 

interface, similar to the failure mode of the control 

specimens. 
 

3.4  Both sustained load and thermal cycle 

3.4.1  Epoxy Samples: 

The strain-time curve for the epoxy specimens, 

exposed to thermal cycle (in water) and sustained 

loading simultaneously, are shown in the Fig. 13. It 

can be seen that the strain for all the three specimens 

first increases up to the initial strain as the loading is 
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applied, and then keep on increasing (creep) until the 

cold cycle starts. The strain then decreases 

instantaneously as soon as the temperature decrease 

(due to cold cycle) and this reduction is equal to the 

value αΔT (around 675 με). During the two hours of 

cold cycle, the specimens keep on creeping. As soon 

as the hot cycle started and the temperature of the 

specimens reached 47˚C, all the three specimens 

failed instantly.  Note that when only thermal cycles 

were applied (section 3.3.1), which also included the 

temperature of 47˚C (greater than the glass transition 

temperature of the epoxy), no significant reduction 

in the failure strength was observed. Thus, the 

failure in this combined loading case may be 

attributed to the combined effect of sustained 

loading and the temperature higher than the glass 

transition temperature of the epoxy.  

3.4.2  Lap Shear Specimens: 

The displacement (LVDT reading)-time curves of 

the steel-CFRP joints, exposed to sustained loading 

of 50% along with thermal cycle, are shown in 

Fig. 14. The displacement first increases instantly 

when the load is applied; the specimens then start 

creeping until the temperature starts dropping due to 

cold cycle. As soon as the cold cycle starts (at about 

1.3 hrs), the displacement starts dropping gradually 

and this drop is the resultant of thermal contraction 

and creep. Interestingly, just near to the end of cold 

cycle, there is a sudden drop in displacement. When 

the hot cycle starts after that, the displacement starts 

increasing instantly and the specimens failed soon 

after that. The failure, in this case as well, was 

adhesive failure (between steel and adhesive) similar 

to the control specimens. Note that when similar 

steel-CFRP specimens were exposed to only thermal 

cycle (section 3.3.2), there was only 15% reduction 

in the failure load of the steel-CFRP joint leaving 

behind a residual strength of 85%. While, when the 

specimens were exposed to only sustained load 

(section 3.2.2), there was only about 4.5% reduction 

in the failure load.  But these two loadings, when 

applied simultaneously, have much more adverse 

effect on the steel-CFRP bond strength as the 

specimens failed even under 50% sustained load.   

 
4  Conclusions: 

The average bond strength of the control steel-CFRP 

joint is 4610 N. There is about 4.5% reduction in the 

bond strength of the steel-CFRP joints, which are 

first exposed to 50% sustained load for 21 days and 

then tested until failure. Also, there is about 15% 

reduction in the bond strength of the steel-CFRP 

joints, which are exposed to 108 thermal cycles (21 

days) without any sustained load and then tested 

until failure. However, the steel-CFRP joints, which 

are exposed to both thermal cycle and 50% sustained 

loading simultaneously, failed within two hours of 

exposure. Thus, it is the combined effect of 

sustained load and environmental conditions which 

governs the failure, and not alone only the exposure 

to environmental conditions or sustained loading. 

Also, the observed failure mode in all the cases was 

adhesive failure between steel and adhesive, 

indicating that the thermal cycles and sustained load 

does not influence the critical link in the steel-CFRP 

joints. 

The average tensile strength and the average elastic 

modulus of the control adhesive coupon specimens 

are 38 MPa and 4625 MPa, respectively. There is no 

significant reduction in strength and elastic modulus 

when the specimens are first exposed to 30%, 50%, 

and 70% sustained load at ambient temperature for 

21 days, and then tested. However, there is about 4% 

reduction in strength and 25% reduction in elastic 

modulus after exposure to 108 thermal cycles 

between 10˚C and 50˚C without any sustained load. 

Thus, the conclusion which is drawn at this stage is 

that  sustained load alone has no significant impact 

on the mechanical properties of adhesive specimens 

while exposure to thermal cycle impact elastic 

modulus of the adhesive specimens significantly 

along with very minor reduction in failure strength. 

However, when both sustained load and thermal 

cycle applied simultaneously, the specimens failed 

within two hours as soon as the hot water entered the 

test tank. Thus, it is the combination of sustained 

load and thermal cycles which govern the failure of 

adhesive specimens, just as the case of steel-CFRP 

joints.  
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Tables: 

Table 1: Experimental plan for steel-CFRP single lap 

shear joints 

Specimens 
No. of 

specimens 
Conditions 

LS-0-0-1 

LS-0-0-2 
2 

Set 1: Control specimens 

(no sustained load – no 

exposure to thermal cycle) 

LS-0-50-2 

LS-0-50-3 
2 

Set 2: 50% sustained load 

– no exposure to thermal 

cycle 

LS-T-0-1 

LS-T-0-2     

LS-T-0-3 

3 

Set 3: No sustained load - 

only exposure to thermal 

cycle 

LS-T-50-1 

LS-T-50-3 
2 

Set 4: 50% sustained load - 

exposure to thermal cycle 

 

Table 2: Experimental plan for neat epoxy specimens 

Specimens 
No. of 

specimens 
Conditions 

A-0-0-1 

A-0-0-2 
2 

Control specimens (no 

sustained load – no 

exposure to thermal cycle) 

A-0-30-1 

A-0-30-2 
2 

30% sustained load - no 

exposure to thermal cycle 

A-0-50-1 

A-0-50-2 
2 

50% sustained load - no 

exposure to thermal cycle 

A-0-70-1 

A-0-70-2 
2 

70% sustained load - no 

exposure to thermal cycle 

A-T-0-1 

A-T-0-2 

A-T-0-3 

3 
No sustained load - only 

exposure to thermal cycle 

A-T-30-1 

A-T-50-1 

A-T-70-1 

3 

30%, 50%, and 70% 

sustained load respectively 

- exposure to thermal cycle 

 
Figures: 

 

 

Fig. 1: Steel-CFRP single lap shear specimen 
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Fig. 2: 10 kN Instron testing machine 

 

 

 

Fig. 3: Adhesive coupon specimen 

 

 

 

Fig. 4: Thermal cycle-sustained load apparatus 

 

 

 

Fig. 5: Thermal cycle profile as obtained from the thermal 

cycle apparatus set-up and measured using 

thermocouples. 

 

 

Fig. 6: Stress-strain curve for control adhesive coupon 

specimens. 

 

 

Fig. 7: Load-displacement curve of steel-CFRP single lap 

shear control specimens 
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(a) 

 

 

(b) 

 

 

(c) 

Fig. 8: Creep of epoxy sample exposed to sustained load 

for 21 days without any thermal cycle. (a) 30% sustained 

load; (b) 50% sustained load; and (c) 70% sustained load. 

 

 

 

Fig. 9: Stress-strain curve of epoxy samples after 

exposure to sustained load for 21 days. 

 

 

Fig. 10: Load-displacement curve of lap-shear specimens 

after exposure to sustained load for 21 days. 

 

 

Fig. 11: Stress-strain curve of epoxy samples after 

exposure to 108 thermal cycles (21 days). 
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Fig. 12: Load-displacement curve of steel-CFRP single 

lap shear specimens after exposure to 108 thermal cycles 

(21 days). 

 

 

Fig. 13: Strain-time curve of epoxy samples during 

exposure to thermal cycle. 

 

 

Fig. 14: Displacement-time curve of steel-CFRP single 

lap shear specimens during exposure to thermal cycle. 

 

0 

1000 

2000 

3000 

4000 

5000 

0 0.3 0.6 0.9 1.2 

L
o

a
d

 (
N

) 

Displacement (mm) 

LS-T-0-1 

LS-T-0-2 

LS-T-0-3 

0 

1000 

2000 

3000 

4000 

5000 

0 1 2 3 4 

S
tr

a
in

 (
μ

ε)
 

Time (hrs) 

A-T-30-1 

A-T-50-1 

A-T-70-1 

0 

50 

100 

150 

200 

0 1 2 3 4 

A
v

g
. 
L

V
D

T
 r

ea
d

in
g

 (
μ

m
) 

Time (hrs) 

LS-T-50-1 

LS-T-50-3 

ICCM19 2325



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

Advanced composite structures, which have high 

specific strength and stiffness, have been used 
extensively in many industrial fields. One of the 

main applications is aircraft, where they are applied 

to primary structures like main wings and used 

under harsh environments. Therefore, quality 
certification of these composite structures, which are 

very dependent on their curing process, has been a 

key issue on the reliable products [1-3]. And they 
usually have thick laminate structure to get enough 

toughness and have temperature distribution inside 

during cure process, which causes unexpected strain 
development and residual distortion after curing. 

Accordingly, measurement and comprehension in 

curing process of these thick composite structures 

are necessary for reliability of products. 
To monitor the several variables during of curing 

materials, some cure-monitoring techniques exist, 

such as differential scanning calorimetry [4], 
dielectrometry [5], and point type optical fiber 

sensors including extrinsic Fabry-Perot type sensors 

[6,7], Raman spectroscopy [8], and fiber Bragg 

grating (FBG) sensors [9-11]. Among these 
techniques, optical fiber sensors are very useful for 

monitoring of strain and temperature inside during 

cure process. Since they are light weight and small 
and rarely affect the mechanical properties of the 

materials in which they are embedded. However, 

almost of the optical fiber sensors can monitor only 
at a few or limited number of measuring points. 

They can not measure strain distribution in large 

structure. Overcoming this problem, distributed 

optical fiber sensors, which can measure the strain or 
temperature distribution along an optical fibre, were 

developed recently [12]. They are now considered as 

an effective sensing system to monitor the curing 

large composite structures [13]. 

In this study, the authors applied the optical-fiber-
based distributed sensor to cure monitoring of thick 

composite structure which has temperature 

distribution in the thickness direction. The 

experimental results were verified by FEM analysis 
with elastic and visco-elastic cure model to reveal 

the effect of the temperature distribution on the 

complicated strain history in cure process.  
 

2 Measurement Principles 

The author used the pulse-pre-pump Brillouin 
optical time domain analysis (PPP-BOTDA) as the 

distributed optical fiber based sensor. This technique 

can measure the temperature and strain changes 

along optical fiber with frequency shift of the 
Brillouin backscattering light at each point. The 

measured shifts, which is denoted by ΔνB, is a 

function of temperature and strain applied at the 
point and expressed by the following equation:  

TCCB  21

 (1) 

In the equation, Δε and ΔT are changes of applied 
strain and temperature respectively. C1 and C2 are 

coefficients of each strain and temperature effect. 

These two values had been determined by 

preliminary experiments, where the only strain or 
temperature change was applied. Upon this equation, 

the measuring frequency shift includes both strain 

and temperature effect in curing process, and hence 
thermocouples are embedded together for 

temperature effect compensation. The strain values 

are calculated by the following equation: 
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3 Strain distribution in cure shrinkage process 

3.1 Experimental setup 

Material of the specimen was T800S/3900-2B 

(Toray Industries, Inc.). Stacking configuration was 

[9080]. Fig. 1 is the illustration of a carbon/epoxy 
specimen indicating location of the embedded 

optical fiber sensor and the thermocouples. The 

embedded sensor were located between 8-9, 24-25, 
40-41, 56-57 and 72-73 (numbered from bottom) 

plies in the specimen. The optical fiber is located in 

the center of specimen, whose embedded direction is 

perpendicular to carbon fibers in plies. The three 
thermocouples were embedded respectively in the 

same plies for compensation. The specimen with the 

embedded sensor was cured in an autoclave. No 
pressure was applied to measure the cure shrinkage 

strain clearly. The specimen was heated with only a 

bottom heating plate. The temperature history 

recommended for this material is (1) rising by 
around 2 ºC/min from room temperature to 180 ºC, 

(2) holding at 180 ºC for 2hours (epoxy curing) (3) 

cooling down to room temperature. The sensors 

measured strain and temperature with respect to each 

2 min during cure.  

3.2 Experimental result 

Fig. 2 shows the temperature histories measured by 

the thermocouples embedded at center part in each 
plies. These are located at almost same position in 

plane. The each ply distributed in the thickness 

direction has clearly different temperature history. 

And the lower part of specimen had higher 
temperature than the upper part for all over the cure 

process. The gap between holding temperature of 8-

9 plies and 72-73 plies was even 40 ºC. The heating 
method by only the bottom heating plate caused that 

temperature distribution in the specimen. Such 

temperature distribution can occur in thick 
composite structures regardless of heating method 

like hot air and so on.  

Using the histories for the temperature compensation 

of measured results by PPP-BOTDA, the strain 
history in each ply was calculated. Since the each 

measuring points distributed in the same ply had the 

almost same strain (and temperature) history, Fig. 3 
shows the calculated strain histories at the center 

points of each ply distributed in the thickness 

direction. In this graph, the each ply distributed in 

the thickness direction has clearly different strain 
history especially in (2) epoxy curing step and (3) 

cooling down step. During step (1) when the 

temperature rose and degree of cure value was lower, 
the epoxy in the specimen has very low viscosity 

Fig. 1. Schematic diagram of specimen with 

embedded optical fiber sensors and thermocouples. 
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and the developed stress can get relaxed within a 

fraction of a second. On another front, the epoxy had 

visco-elastic or elastic behavior and the temperature 
distribution might develop residual strain and stress 

distribution after holding. In this study, the author 

focused the important and rarely investigated strain 
distribution developed in (2) epoxy curing step. The 

strain distribution with applied pressure in (3) 

cooling down step was investigated in the latter 

session in this paper.  
The effect of temperature distribution to strain 

history can be related to two important parameters, 

beginning time of cure shrinkage and total amount 
of shrinkage strain during epoxy curing. The 

beginning times of cure shrinkage were different in 

each ply. The lower part of the specimen started to 

sharply shrink earlier than the upper part due to the 

temperature distribution in the thickness direction. 

When the lower part started to shrink sharply, the 
upper part saw to shrink gradually getting affected 

by the shrinkage of the lower part. Next, to evaluate 

total amount of shrinkage strain during epoxy curing 
(80 min to 250 min), they in each ply were 

calculated from Fig. 3. And Fig. 4 shows the result. 

The total amount of strain ranged from 4200 m to 

5500 m. The upper part had the larger shrinkage 

strain than lower part. The value of 4200 m in 8-9 
plies was the almost same as that had been obtained 

by the previous measurement with a thin specimen 

which had uniform temperature filed. And when the 
lower parts started to shrink sharply by their own 

cure shrinkage phenomena, the upper parts had low 

viscosity. Accordingly, the shrinkage of the lower 

parts could affect the total shrinkage of the upper 
part as visco-elastic behavior.  

 

3.4 Analysis model 

Two FEM analysis with different cure models were 

executed with fortran 90 code. One was “Elastic 

cure model” which included a degree of cure sub-
model, a cure shrinkage sub-model and a cure 

hardening instantaneously linear elastic (CHILE) 

model. Another was “Visco-elastic cure model” 

which included the degree of cure sub-model (same 
as the Elastic cure model), cure shrinkage sub-model 

(same as the Elastic cure model) and the visco-

elastic cure model [14]. The details of each model 
were written latter. Fig. 5 shows the model size of 

the two analyses. Corresponding to the temperature 

historys of the experiment, each model had five 
different temperature historys parts and upper parts 

had higher holding temperature than lower parts. 

The applied temperature history as input were (1) 

rising in 80min from room temperature to the 
holding temperature of each part (160, 170, 180, 190, 

200ºC) and (2) holding for 2hours. Fig. 6 shows the 

input temperature historys of each parts.  
 

Model 1 (elastic cure model) 

The following equation expressed the degree of cure 

sub-model: 

      3.047.0121 


kk
dt

d  
(3) 

Fig. 3. Strain history in thickness direction. 
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Fig. 4. Total shrinkage strain in thickness direction 
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In this equation,  and t were degree of cure of 
epoxy and time. The coefficients ki, Ai and Ei 

(i=1~3) were the model parameters had been 
decided by the experiment. R and T were gas 

constant and temperature. The following equation 

expressed the cure shrinkage sub-model: 

 10.0 Csh   (8) 

 21 CCStsh 
 

(9) 

12

1

CC

C
S






 
(10) 

sh and t were cure shrinkage strain and the total 

cure shrinkage strain. s, c1 and c2 were degree of 
cure to calculate cure shrinkage, one when resin 

shrinkage begins and one when resin shrinkage stops. 
The following equation expressed the CHILE 

model: 

     00, EEEE c

 
(11) 

3.0v  (10) 

E, E0 and Ec were composite elastic modulus, 
composite elastic modulus at very low degree of 

cure and composite elastic modulus at a=1.0. v was 

composite Poisson’s ratio.  

 
Model 2 (visco-elastic cure model) 

The following equation expressed the visco-elastic 

cure model: 

 
 













 exp, cEE

 
(13) 

 Ta

t

T ,




 
(14) 

       0log9.998.0
0 10




f  
(15) 

  29227.00615.00536.0 f  (16) 

 and t  were reduced time and stress relaxation time. 

T and 0 were shift factor for time-temperature 

superposition and peak relaxation time. The all 
values used in these models were summarized in 

Table. 1 

 

3.3 Analysis result 

Fig. 7 shows the degree of cure histories calculated 

with the degree of cure sub-model (equation (3)-(7)). 

The five different temperature historys parts had 
different degree of cure histories. And the degree of 

cure in the higher temperature parts increased earlier 

than the lower temperature parts.  
Fig. 8 and 9 show the calculated strain histories with 

elastic cure model and visco-elastic cure model. The 

both of the results expressed suddenly cure 
shrinkage strain drop. With the elastic cure model, 

the strain was constant after epoxy curing. On the 

other hand, the strain distribution after curing was 

obtained with visco-elastic model.  
Fig. 10 and 11 show the total shrinkage strain value 

distributed in thickness direction with elastic cure 

model and visco-elastic cure model. The black line 
in these graph expressed the experimental result. 

The analytical result with elastic cure model was 

different from the experimental result. The one with 
visco-elastic cure model had similar value and trend 

that the total shrinkage increased as a function of ply 

number.  

From these analytical results, visco-elastic behavior 
can bring total shrinkage strain distribution during 

epoxy curing step when temperature and degree of 

cure distribution exist in the thickness direction. 
 

 

A1

 

0.35×108 /sec

 

t

 

4.0×103  

A2

 

-0.34×108 /sec

 

c1

 

0.6 

A3

 

0.33×105 /sec

 

c2 1.0 

dE1

 

8.07×104 J/mol

 

E0 0.08 GPa 

dE2

 

7.78×104 J/mol

 

Ec 8.0 GPa 

dE3

 

5.66×104 J/mol   0.3 

R

 

8.31 J/mol/K

 

0

 

7.94×109 min 

Table. 1. Material properties used in the simulation 
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Fig. 10. Total shrinkage strain distributed in 

thickness direction 

Fig. 5. Analytical model and temperature 

distribution in  thickness direction in FEM 

Fig. 6. Temperature history at measuring points 

distributed in thickness direction. 
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Fig. 7. Degree of cure history at measuring points 

distributed in thickness direction. 
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Fig. 8. Strain history at measuring points distributed 

in thickness direction. 
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Fig. 9. Strain history at measuring points distributed 

in thickness direction. 
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4 Strain distribution in cooling down process 

4.1 Experimental setup 

Material of the specimen was T800S/3900-2B 

(Toray Industries, Inc.). Stacking configuration was 
[9080]. Fig. 12 is the illustration of a carbon/epoxy 

specimen indicating location of the embedded 

optical fiber sensor and the thermocouples. The 
embedded sensors were located between each 10-11, 

21-22, 50-51, and 70-71 (numbered from bottom) 

plies in the specimen. The optical fiber is located in 
the center of specimen, whose embedded direction is 

perpendicular to carbon fibers in plies. The three 

thermocouples were embedded respectively in the 

same plies for compensation. The specimen with the 
embedded sensor was cured in an autoclave. The 

pressure in the autoclave was kept at 0.5MPa. The 

specimen was heated with only a bottom heating 
plate. Before a cooling step, to relieve the effect of 

pressure and boundary condition to strain 

development in cooling step, the applied pressure 

had been gradually decreased to atmospheric 
pressure during holding step. 

 

4.2 Experimental result 

Fig. 13 shows the temperature histories measured by 

the thermocouples embedded at center part in each 

plies. These are located at almost same position in 
plane. The each ply distributed in the thickness 

direction has clearly different temperature history. 

(In this session, the author focused the temperature 

and strain after about 900 min.) And the lower part 

of specimen had higher temperature than the upper 

part for all over the cure process. The gap between 
holding temperature of 10-11 plies and 70-71 plies 

was even 20 ºC. (The difference of applied pressure 

could produce the smaller gap between the holding 
temperatures compared with the previous 

experiment in session 3.)  

Using the histories for the temperature compensation 

of measured results by PPP-BOTDA, the strain 
history in each ply was calculated. Fig. 14 shows the 

calculated strain histories at the center points of each 

ply distributed in the thickness direction. In this 
graph, the each ply distributed in the thickness 

direction has clearly different strain history.   

Total amount of shrinkage strain in cooling step and 
CTE (coefficient of temperature expansion) were 

calculated by Fig 14. Fig. 15 and 16 show the total 

strain and CTE in each plies. The holding 

temperature gap brought the strain and CTE 
distribution.  

Next, to use for calculating CTE in an analysis to 

evaluate these experimental result, the volume 
fraction of cured specimen was measured by 

microscope observation. Fig. 17 shows one example 

of the measured cross sectional views. The lighter 

Experiment 

Analysis 

8 24 40 72 56 

Ply number 

Fig. 11. Total shrinkage strain in thickness direction 

Fig. 12. Schematic diagram of specimen with 

embedded optical fiber sensors and thermocouples. 
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part corresponded to carbon fibers and darker one 

corresponded to epoxy matrix. Fig. 18 shows the 

calculated Vf distribution. The Vf was not uniform in 
the specimen. The values increased as a function of 

ply number from 0 ply to 60 ply. The values near the 

upper and the bottom surface were lower. The 
vacuuming from both surfaces for applying pressure 

had epoxy flow to the both surfaces and the 

vacuuming from the bottom surface might be 

stronger.  
 

10 layer 

30 layer 

50 layer 

70 layer 

Fig. 13. Temperature history at measuring points 

distributed in thickness direction. 

10 layer 

30 layer 

70 layer 

50 layer 

Fig. 14. Total shrinkage strain in thickness direction 

Fig. 15. Shrinkage strain distribution in thickness 

direction. 

Fig. 16. CTE distribution in thickness direction. 

Fig. 17. Cross sectional view of cured specimen. 

100 m 
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4.3 Analysis model 

FEM analysis calculating strain distribution during 

cooling step was executed with 3D elastic cure 

model by ABAQUS. To evaluate the effect of 
temperature and Vf distribution, three different 

analysis were executed. 

(i) The temperature change was different in 
thickness direction (Fig. 13) and the Vf was uniform.  

(ii) The temperature change was uniform and the Vf 

was different in thickness direction (Fig. 18). 

(iii) Both of the temperature change and Vf were 
different in thickness direction. 

The following equation expressed the CTE model 

including Vf [15]: 
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(19) 

In this equation, the upper index (f, m) expressed the 

value of fiber and matrix respectively. The all values 

used in these models were summarized in Table. 2 
 

4.4 Analysis result 

Fig. 18 and 19 show the calculated shrinkage strain 
and CTE distribution in the thickness direction. The 

red, blue and black lines corresponded to the results 

of model (i), (ii) and (iii). The marked points 

expressed the experimental results.  
In Fig. 18, all three analytical results express the 

strain increase as a function of ply number. The 

result with model (iii) accorded well to the 
experimental result. 

In Fig. 19, the result with model (ii) and (iii) had 

similar CTE distribution and accorded to the 
experimental result. From these results, the analysis 

including the both effect of temperature and Vf 

distribution could obtain the strain and CTE 

distribution in cooling step.  
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Table. 2. Material properties used in the simulation 
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Fig. 19. Analysis model for FEM. 
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5. Conclusion 

In this study, the authors applied the optical-fiber-
based distributed sensor to cure monitoring of thick 

composite structure which had temperature 

distribution in the thickness direction.  
The cure shrinkage strain distribution in epoxy 

curing step was evaluated by the experiment and 2D 

FEM analysis with elastic and visco-elastic cure 
models. The lower part of the specimen started to 

sharply shrink earlier than the upper part due to the 

temperature distribution in the thickness direction. 

The upper part had the larger shrinkage strain from 
lower part. When the lower parts started to shrink 

sharply by their own cure shrinkage phenomena, the 

upper parts had low viscosity. Accordingly, the 

shrinkage of the lower parts could affect the total 

shrinkage of the upper part as visco-elastic behavior. 
The analytical result with elastic cure model was 

different from the experimental result. The one with 

visco-elastic cure model had similar value and trend 
that the total shrinkage increased as a function of ply 

number. 

Next, the thermal shrinkage strain distribution in 

cooling step was evaluated by the experiment and 
3D FEM analysis with elastic cure models. The each 

ply distributed in the thickness direction had clearly 

different strain history. And the holding temperature 
gap brought the strain and CTE distribution. The 

analysis including the both effect of temperature and 

Vf distribution could obtain the strain and CTE 
distribution in cooling step.  
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1 Introduction  

Composite materials such as carbon fiber reinforced 

plastics (CFRPs) are anticipated to be used regularly 

in automotive industries to reduce the weight of 

structures in a bid to decrease fuel consumption. In 

industries, where large-scale production occurs, 

efficiently manufactured composite structures are 

essential [1]. The efficiency of manufacturing 

composite structures depends on the molding 

process and secondary fabrication processes such as 

trimming or surface modification. Despite the wide 

use of adhesively bonded joints in fiber reinforced 

plastic structures to avoid stress concentration and 

for weight reduction, additional surface modification 

is required to achieve high adhesion strengths [2, 3]. 

Conventional surface modification techniques such 

as sand blasting or emery papers, plasma treatment, 

and chemical etching, which are used as secondary 

fabrication processes, are excessively time 

consuming to be applied to mass production. 

Furthermore, workers without appropriate protection 

gear may be exposed to the air borne carbon 

particulates produced or to the harmful chemicals 

used in these processes [4]. To improve the 

production of FRP structures, it is essential to reduce 

the number of secondary processing steps. 

To address this issue, we have investigated an in-

mold surface modification process that uses imprint 

lithography to produce adhesive joints on composite 

surfaces [5]. We also confirmed that the apparent 

steady state fracture toughness (GIA) increased with 

increase in the aspect ratios of the concavo-convex 

microstructures [6, 7]. 

With regard to the improvement of adhesive strength 

or interfacial fracture toughness by utilizing 

microstructures on the adherend, some studies have 

been reported [8-12]. Under macroscopic mode II 

loading on the micropattern, cohesive failure of the 

adhesive is constantly included in addition to the 

interfacial failure. Therefore, the crack resistance 

and crack propagation behaviors may be largely 

affected by the fracture toughness of the adhesives 

in addition to the configuration of the microstructure 

of the adherend surface. 

Therefore, in the present study, we investigate the 

effects of the micropattern and adhesive properties 

on the interfacial fracture toughness and crack 

propagation under macroscopic mode II loading. 

The aspect ratio of the microstructures was varied by 

the in-mold surface modification. To evaluate 

interfacial fracture toughness, we have conducted 

end notched flexure (ENF) tests using 

CFRP/adhesive interfaces containing 

microstructures. In addition, we microscopically 

observed crack propagation in the CFRP/adhesive 

interfaces during ENF tests to clarify the relationship 

between interfacial fracture toughness and fracture 

behavior. 

 

2  Material and method 

2.1 In-mold surface modification 

Concavo-convex microstructures were fabricated on 

the CFRP surface by in-mold surface modification. 

This surface modificaiton follows the nanoimprint 

lithography procedure, which is a pattern-

transferring technique in which microstructures of a 

mold are pressed into low-viscosity plastics at a high 

temperature and patterns are transferred by 

demolding at a low temperature [13-15]. The 

technique was introduced during the curing of 
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composites. Figure 1 shows the schematic of the in-

mold surface modification process and the 

panel/stiffener structure to demonstrate the use of 

the technique. The specific processes involved in the 

in-mold process used in this study are listed below. 

 (1)Microstructures were fabricated on a silicon 

wafer by photolithography or on an aluminum plate 

using a milling machine. 

 (2)After coating the mold surface with a releasing 

agent (ChemTrend, Chemlease #70), the 

carbon/epoxy prepregs (Mitsubishi rayon, Pyrofil 

#380) were stacked on the mold. In this study, the 

stacking sequence was [0/90]2S, with the concave 

and convex directions set to 90°. Thus, the fiber 

direction on the top layer was oriented with the 

convex features. 

 (3)The prepregs were cured in two steps over the 

glass transition temperature under a pressure of 0.6  

MPa (at 85 °C for 1 h and at 135 °C for 3 h), which 

allowed the molten matrix resin to flow into the 

microstructures of the mold. 

 (4)The microstructures were transferred to the 

CFRP by demolding at room temperature. 

According to these processes of works, 

microstructures will be transferred to CFRP surface 

like Figure 2. These microstructures enhance the  

resistance of crack propagation of CFRP/adhesive 

interface, since crack penetrates concavo-convex 

of the microstructures under mode II loading. 

 
Fig.1 Schematic illustration of the in-mold surface 

modification by imprint lithography for composite 

materials. 

 
Fig.2 Schematic illustration of the in-mold surface 

modification by imprint lithography for composite 

materials. 

 

 
(a) 

 
(b) 

Fig.3 Image of mold and micro structures on CFRP: 

(a) Al mold for in-mold modification (at 10~100 µm 

scale) and (b) Imprinted concavo-convex 

microstructure on CFRP surface. 
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EVALUATION OF THE FRACTURE TOUGHNESS OF COMPOSITE/ADHESIVE INTERFACE  

APPLIED BY IN-MOLD SURFACE MODIFICATION UNDER MODE II LOADING 

 

Figures 3(a) and (b) show the images of the mold for 

in-mold surface modification with microstructures 

on its Si surface fabricated by photolithography and 

the imprinted surface of CFRPs acquired with a 

scanning electron microscope. The concavo-convex 

structures were transferred by the mold during the  

in-mold process. Using this mold, the concavo-

convex features in the scale of 10–100 µm can be 

fabricated in Figure 3 (b). Figures 4(a) and (b) show 

the images of the mold for in-mold surface 

modification with microstructures on its Al surface 

fabricated by milling and the imprinted surface of 

CFRPs acquired with a scanning electron 

microscope. Using this mold, the concavo-convex 

features in the scale of >100 µm can be fabricated in 

Figure 4 (b). To observe the crack propagating 

process with ease, we tested the surfaces with 

concavo-convex microstructures of >100 µm in size, 

similar to that shown in Figure 4(b). 

The concavo-convex microstructures fabricated on 

the CFRP surfaces are defined in terms of the aspect 

ratio (A). A is the ratio of the concavo-convex depth 

h to the sum of widths w1 and w2 (shown in Figure 4 

(b)) and is expressed by Eq. (1). 

 21/ wwhA   (1) 

In the present study, the Al mold surface was 

divided into four areas, as shown in Figure 4 (a). 

Thus, four types of microstructures were 

simultaneously fabricated on the CFRP with A 

values of 0.13, 0.15, 0.19, and 0.25. For the A values 

ranging from 0.13 to 0.25, the height was set at a 

constant value of 150 µm and the width was 

changed to 600, 500, 400, and  

300 µm, as shown Table 1, for the four different A 

values. For comparison, a flat surface without any 

surface treatment was also fabricated. To note, the A 

value of the flat surface is zero. 

 

 

  

 
(a) 

 
(b) 

Fig.4 Image of mold and micro structures on CFRP: 

(a) Al mold for in-mold modification (at 10~100 µm 

scale) and (b) Imprinted concavo-convex 

microstructure on CFRP surface. 

 

Table 1  Values of width and depth of the concavo-

convex for each aspect ratio. 

Aspect ratio A 0.13 0.15 0.19 0.25 

Width w1 = w2 [μm] 600 500 400 300 

Depth h [μm] 150 150 150 150 

Al

Patterned 

area

150 µm

h

w1

CFRP

w2
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2.2 ENF testing 

Under macroscopic mode II loading, the crack 

resistance of CFRP/adhesive interfaces containing 

microstructures varies microscopically depending on 

the location of the crack position within the 

concavo-convex shape. However, the objective of 

this study was not to obtain the precise crack-

propagation resistance on a microscopic scale but to 

evaluate the macroscopic crack-propagation 

resistance as a practical indicator of the effect of 

using the proposed surface modification instead of 

conventional treatments. For evaluating the surface 

modification effects, we assumed that the concavo-

convex microstructures macroscopically possess a 

flat surface and the apparent mode II fracture 

toughness values were calculated from the ENF tests 

based on JIS K7086 [16]. The apparent fracture 

toughness corresponds to the total energy dissipation 

(including that in the fracture process zone) divided 

by the macroscopic crack length. 

The ENF test specimens were fabricated by the 

following protocol. Two CFRP adherends were used. 

The surface of one of the CFRP adherends was 

polished by #100 abrasive paper, and the surface of 

the other was treated by the in-mold process. Then, 

the two CFRP adherends were bonded together 

using the epoxy adhesives (3M DP-100 clear) for 48 

h at room temperature by curing. Teflon sheets (0.1 

mm in thickness) were inserted between the two 

adherends at both edges to introduce an initial crack 

and to control the thickness of the adhesive layer. 

Then, the adhesive DP-100 clear will henceforth be 

termed as Epoxy A. In Figure 5, CFRP/adhesive 

interface with microstructures are indicated. Any 

initial delamination of CFRP/adhesive interface can 

not be seen. Where, to clarify the mechanical 

properties of the adhesives, tensile tests and single 

edge notched bend (SENB) tests were performed 

based on the Japan industrial standards (JIS) 

K7161and ASTM D5045-99 standards [17,18], 

respectively. The tensile specimens and SENB tests 

specimens of Epoxy A was cured for 48 h at room 

temperature. Where, the values of the Young’s 

modulus (E) and Mode I fracture toughness (GIC) of  

 the adhesive are shown in Table 2. Then, Epoxy A 

indicates brittle fracture property.After the bonding 

process, the bonded CFRP plates were sliced to 

designated sizes, as shown in Figure 6. Three ENF 

specimens were prepared for each A value.  In 

Figure 6, the schematic of ENF testing set up are 

also shown 

Figure 7 indicates ENF testing set up. The ENF tests 

were performed using a universal testing instrument 

(Shimadzu, AGS-I) with the rate of compression at 

the loading point set to 1.5 mm/min. The crack 

length was measured with a measuring microscope 

(Pika Seiko, PRM-2) and the crack propagation 

behavior at the CFRP/adhesive interface was 

observed using a digital microscope  

 
Fig. 5 CFRP/adhesive interface used Epoxy A  of 

in-molded specimen (at A = 0.25). 

 

 
Fig. 6 Experimental set-up of the ENF tests and 

configurations of the ENF specimens. 
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 (Keyence,VHX-100). After the crack had 

propagated, the specimen was fully unloaded. Then, 

the lengths between the supported points and loading 

point were changed and the ENF tests were repeated 

four or five times by changing the location of the 

loading point. The average values obtained from 

several points at the initial critical load were 

calculated and expressed as the apparent mode II 

interfacial facture toughness at a particular A value. 

The representative load-displacement curves were 

showed during the ENF testing, in Figure 8. 

 

3 Result and discussion 

3.1 Results and discussion of the ENF tests 

The apparent mode II interfacial fracture toughness 

(GII) was calculated by Eq. (2). 

)32(2
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1
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II
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(2) 

 where PC is the initial critical load, which was 

determined from the intersection of the initial elastic 

line and the offset line with a slope of 5% lower than 

that of initial elastic line in the typical load- 

displacement curves. C1, B, and L are the loading 

point compliance of the initial critical load, width of 

the specimen, and length between the loading point 

and support point, respectively. The estimated value 

of the crack length a1 at the initial critical loading 

was calculated by Eq. (3). 

where C0 is the loading point compliance of the 

initial elastic line.  

 
Fig.7 Image of ENF testing set up. 

Table 2 Young’s modulus and mode I 

fracture toughness  

 Epoxy A 

Young’s modulus E 

[GPa] 
2.29 

Mode I fracture toughness 

GI [J/m
2
] 

3886 

 
Fig.8 Typical stress-strain curves of each adhesive 

specimen obtained by tensile testing. 

 
Fig.9 Relationship between mode II fracture 

toughness and the aspect ratio of in-molded 

specimens. 
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Figure 9 showed the relationship between GII and A 

of each specimen containing the microstructure 

using Epoxy A and B used as the adhesives, 

respectively. The values of GII of the in-molded 

specimens (with A > 0) were higher than that of the 

specimens with a flat surface (with A = 0) for each 

adhesive, as shown in Figure 9. In Figure9, GII was 

almost constant for the in-molded specimens (with A  

> 0) . Further, GII of the in-molded specimen for A = 

0.25 was nearly 4.5 times higher than that of the 

specimen with a flat surface without any surface 

modification (with A = 0).  

Since the interfacial fracture toughness of 

CFRP/adhesive was comparatively low at A = 0 

(Figure 9), the fracture toughness of the modified 

interface of CFRP/adhesive may be mainly affected 

by the cohesive fracture toughness of the CFRP 

rather than the interfacial fracture toughness of 

CFRP/adhesive. Thus, the lack of dependence of 

fracture toughness of the modified interface of 

CFRP/adhesive on the aspect ratio can be indicated, 

because the length of cohesive failure of the CFRP 

was constant regardless of the aspect ratio. 

 

3.2 Process of crack propagation 

In the case of in-molded surface (at A = 0.13~0.25), 

Interfacial failure and cohesive failure of CFRP 

portion were indicated along to entire CFRP/Epoxy 

A interface. SEM image of CFRP concavo-convex 

are shown in Figure 11 (a) and (b). These images 

show the state of cohesive failure of CFRP surface 

respetively.Because of the penetration of crack to 

the micro concavo-convex structures, three ‐
dimensional cohesive failure can be confirmed in 

Figure11 (a) and (b).  

Since the interfacial fracture toughness of 

CFRP/Epoxy A was comparatively low at A = 0 

(Figure 9), the fracture toughness of the modified 

interface using Epoxy A may be mainly affected by 

the cohesive fracture toughness of the CFRP rather 

than the interfacial fracture toughness of 

CFRP/Epoxy A. This agrees well with the 

observation of interfacial failure occurring first at 

the CFRP/Epoxy A interface, followed by the 

cohesive failure of the CFRP. Furthermore, the lack 

of dependence of fracture toughness of the modified 

interface using Epoxy A on the aspect ratio can also 

be explained, bearing in mind that the length of 

cohesive failure of the CFRP was constant 

regardless of the aspect ratio. 

 

4 Conclusion 

The present study investigated the effects of the 

presence of a microstructural pattern on the 

adherend and the properties of the adhesive on the 

interfacial fracture toughness and crack propagation 

under macroscopic mode II loading. The 

microstructural pattern was fabricated using the in-

 
(a) 

 
(b) 

Fig.11 SEM image of CFRP surface. (at A= 0.25)(a) 

Cohesive failure of entire CFRP surface, (b) 

Enlarged image of cohesive failure at the corner of 

concavo-convex.  
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mold surface modification by imprint lithography. 

Because the method proposed here allows for 

surface treatments to be carried out simultaneously 

during the formation of the composite materials, 

time and cost involved in the overall production are 

lower than that required in conventional techniques.  

To experimentally evaluate the behavior of the 

CFRP/adhesive interface containing concavo-convex 

microstructures subjected to macroscopic mode II 

loading, we performed ENF tests using the epoxy 

adhesive  (Epoxy A : 3M DP-100 clear). When 

compared to the crack resistance of flat surfaced 

specimens (with A = 0), the crack resistance of the 

in-molded specimens (with A > 0) improved. The 

interfacial fracture toughness of CFRP/adhesive was 

rather low and the improvement in the resistance to 

crack propagation was independent of A. This was 

because the fracture toughness of the modified 

interface using the adhesive was mainly affected by 

the cohesive fracture toughness of CFRP whose 

length was constant regardless of A.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 
Nanoparticles from clay have been well known as a 
potential precursor of nanocomposites because of 
the significant improvement in mechanical 
properties and their availability [1]. Nanoclay 
contains very thin layers of silicates, in which the 
octahedral sheet of alumina is sandwiched between 
two tetrahedral sheets of silica.  Montmorillonite 
(MMT) nanoclay, the most widely used type, or 
smectites group is formed when Al-atom in the 
octahedral sheet is partially substituted by Mg-
cation, thus pristine MMT clay is hydrophilic. MMT 
is often treated with cation-organic surfactants to 
render it organophilic.  
Since the discovery of nanoclay in the 1900s, many 
research projects have been  conducted to investigate 
the enhancement of nanoclay at low replacement 
levels (less than 5%) on properties of the 
nanocomposites. Most of them were on the 
mechanical, electrical and thermal properties. 
Nanoclay was also found to improve the 
performance of the composites when exposed to fire. 
Pavlidou and Papaspyrides [2] stated that the 
reduction of peak of heat release rate (PHRR) was 
proportional to the percentage of clay  in resin such 
as polyurethane (PU), polyethylene (PE), and 
ethylene vinyl acetate (EVA). With low 
concentration of nanoclay (2-5%), the heat release 
rate (HRR) of EVA-based nanocomposites reduced 
by 70% , whereas Cloisite 30B accounted for 50% 
reduction in PHRR. Varley et al. [3] added Nanomer 
1.34TCN (from Nanocor) to neat Nylon-6 using the 
twin screw extruder. The fire performance of the 
composites was observed per the cone calorimetry 
measurement according to ASTM E1354-1992 with 
the heat flux of 35 kW/m2. The sample processed at 
2200C showed a reduction of 41% PHRR and 
required longer time to finish the combustion in 
comparison with the neat resin. The sample without 
nanoclay was burnt in the bubbly state while a layer 
of char was formed over the surface of sample with 
5% nanoclay soon after the ignition. This newly 
formed layer was claimed to suppress the 

combustion. Awad et al. [4] investigated the effect 
of bentonite in PVC-based nanocomposites. The 
cone calorimeter at a heat flux of 50kW/m2 was 
applied to evaluate the fire retardancy of the 
composites. The PHRR of the nanocomposite 
reduced to 233 kW/m2 (70%) at the replacement 
level of 2% by weight.  In another research by 
Mohanty and Nayak [5], organically modified clay 
Cloisite 30B treated with methyl tallow bis-2-
hydroxyethyl ammonium and Cloisite 20A treated 
with dimethyl-dihydrogenated tallow ammonium 
were used with Poly(methyl methacrylate) (PMMA). 
The flammability of the exfoliated nanocomposite 
was investigated by UL-94. A reduction of burning 
rate by 25 – 30% for samples containing nanoclay 
was observed. Fina et al. [6] used the twin screw 
extruder to blend the unmodified clay and 
organomodified clay Cloisite 20A into PP at the 
concentration of 5%. At the incident flux of 50 
kW/m2, the PHRR of the nanocomposite containing 
Cloisite 20A was reduced by over 50%, whereas a 
reduction of only 25% was observed in the case of 
unmodified clay composite.  
The effect of nanoclay on the fire retardancy of 
thermosetting resin based composites has also been 
investigated. Liu et al. [7] dispersed organo-
modified clay Nanocor I.30 into epoxy with 
different hardeners. The composites were tested 
under the cone calorimetry at the heat flux of 50 
kW/m2. The sample of bisphenol A epoxy/diethyl 
toluene diamine (as the hardener) and 5% nanoclay 
compassed a PHRR 16.5% lower than the neat resin. 
However, the laminates with nanoclay showed more 
severe combustion. The reason for this may lie in the 
dispersing technique as nanoclay and the resin was 
mixed mechanically for 1 h. The performance of the 
nanocomposite was known to depend to a great 
extent on the dispersion of the nanoparticles in the 
mixture and properties of composites with poorly 
dispersed nanoclay were witnessed to fall in the 
same range as traditional microcomposites [2].   
In this study, the effect of organoclay on the fire 
performance of the hybrid nano composite was 
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investigated. Three types of thermosetting resin and 
two types of clay were used to study their impact on 
the fire retardancy. Taguchi DoE method was 
applied to evaluate statistically the significance of 
those parameters to the fire retardancy of the 
composite.  

2 Experimental details 

2.1 Materials 
Unsaturated polyester Polyplex and vinyl ester 
SPV636 were obtained from Nuplex Australia. 
Methy ethyl ketone peroxide (MEKP) and CHM50 
(cumyl hydroperoxide) were used as the catalysts, 
respectively. A constant ratio by weight of the resin 
system and the catalyst was chosen for all samples. 
Epoxy (Kinetix R118) purchased from ATL 
Composites was used as the third resin. Kinetic 
R118 contains bisphenol A (more than 60% by 
weight) and bisphenol F.  Kinetix R118 is diluted by 
1,6-hexanediglycidyl ether an aliphatic glycidylether 
C12-C14 alcohol. A slow hardener H120 produced 
by ATL Composites was chosen to be the hardener 
for Kinetix R118. The gelling time of all resins is 
within 40-60 minutes at 250C . 
The reinforcement composes of six layers of 418 
gsm biaxial E-glass fabrics. The first direction of the 
fabric weighs 236 gsm while the weight of the 
second direction is 174 gsm. Biaxial fabrics were 
chosen, as they are heavier than woven products, 
which contribute to save the fabrication costs.  
Two grades of organophilic clay from Aldrich 
Sigma Australia were used. Both of them are 
specially designed for flame retardant purposes. 
Nanoclay type A is MMT surface-treated with silane 
coupling agent, while Nanoclay type B uses 
dimethyl dialkyl (C14-C18) amine as the organic 
modified agent. The clay nanoparticles of both types 
are 200-300 nm in lateral dimension and 1nm in 
thickness. After surface treatment, the clay has the 
average particle size of 10-11 µm.   

2.2 Preparation of nanocomposites 

The nanocomposites were prepared by three 
different procedures as shown in Fig.  1. In procedure 
A, nanoclay was added gradually to the respective 
resin and mixed manually for 10 minutes. The 
compounds were then mixed with the overhead 
stirrer at room temperature and 500rpm for 2 hours 
prior to infusion. Procedure B involved the 
application of ultrasonication energy for mixing. 
Nanoclay was also added and mixed mechanically 
for 10 minutes. The mixtures were placed in the bath 
sonicator at the frequency of 40 kHz for 30 minutes 

before adding the catalyst/ hardener. In procedure C, 
acetone was used as the solvent (50ml acetone per 
1gr nanoclay) to disperse nanoclay by 
ultrasonication before mixing with the resin. Heating 
is required in this method to remove the solvent. 
However, this removal process also evaporates 
styrene and the lost styrene is added in the next step 
before mixing with the catalyst.  

The fabrications of composite laminates were 
conducted by the infusion system. Six layers of glass 
fibre fabric were cut to 380 mm x 540 mm and 
stacked together in the same direction. Only 
mixtures with epoxy were degassed for 30 minutes 
at 98% vacuum level in the resin trap. The stack of 
reinforcement fabrics were laid in the mould and 
infused with Enka channel/distribution media/ 
peelply as shown in Fig.  2. The infusion proceeded 
at 98% of vacuum level. For UP-based and vinyl 
ester-based laminates, the pump was left running 
overnight before demoulding. For epoxy-based 
laminates, the pump was off 4 hours after the 
infusion and the samples  were demoulded after 10 
hours. All the samples were cured at room 
temperature and post-cured at 400C (samples from 
Polyplex or SPV636) and 800C (samples from R118) 
for 5 hours.  

2.3 Testing and characterization 
Fire retardancy of the composite was evaluated 
using cone calorimetry in accordance with ISO 
5660-1 (Fig.  3). Samples were tested in horizontal 
orientation. They were cut from post-cured panels to 
the size of 100x100x3mm and exposed to 50 kW/m2 
radiant cone. Samples of each composition were 
tested with ±10% reproducibility. Thermal resistant 
wool was utilized to prevent heat loss from samples 
to the stainless steel holder. The thickness of the 
wool was designed to ensure the distance between 
the upper surface of samples and the pilot igniter is 
25mm. Heavy aluminium foils were carefully 
wrapped over the lower surface and vertical sides of 
the samples so no liquid resin could flow out of the 
combustion zone. In all tests, the pilot igniter was 
removed immediately after the continuous flame 
occurred. 

2.4 Taguchi method 

Taguchi method is known as a modern and 
economic approach for experimental planning based 
on statistical design [8].  It is a fractional factorial 
experimental design, which chooses a fraction of the 
total combinations in the design space. This method 
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develops the orthogonal array to investigate the 
factors independently.  

Four factors of 2-3 levels were used as shown in 
Table 1. This method offers a set of 9 trials (Table 2) 
instead of 54 full-factorial trials to cover all the 
experiments. Signal-to-noise (S/N) ratio is defined 
as the critical parameter to evaluate the effect of 
each factor on the final characteristics. Minimizing 
and maximizing functions are used depending on the 
object of the optimization. The former is for 
minimizing the final characteristics while the latter 
is for maximizing. The functions are defined as 
follows: 

S / Nmin imizing = −10 log
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∑
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where Ni is the number of trial experiments 
Yi is the characteristic value at trial i 
The S/N ratio of each factor and level is then 
calculated as the average from those S/N ratios. The 
wider S/N range reflects the higher influence of the 
factor on the final characteristics. 

3 Results and discussions 

3.1 Fibre to resin weight ratio 

The fibre to resin weight ratio is determined by 
burning the laminates. This ratio is affected by the 
rheology of the resin, permeability of the 
reinforcement and the applied vacuum level. In the 
fabrication process, vacuum level is maintained at 
98% for all samples. The glass reinforcements are 
also similar in all laminates. Thus resin viscosity and 
flowability are the main parameters having influence 
on this ratio. Higher percentage of reinforcement, i.e. 
high fibre to resin weight ratio contributes to better 
performance of the laminate in fire as glass 
reinforcement does not burn in tested conditions. As 
can be seen from Table 3, the percentage of fibre 
weight in the laminates falls in the range from 58% 
to 65%. Fig.  4 shows the S/N ratio of fibre weight 
percentage in the laminates. Resin type, clay type 
and clay content have high impact on this ratio while 
the fabrication procedure has least effect. Polyplex, 
SPV636 and R118 have different viscosities, thus 
result in high influence. Two clay types, are treated 
with different surfactants. The surfactants act as the 
bridge between the inorganic clay and the organic 
resin. The lower S/N ratio (36.6) of samples with 

nanoclay type B shows small flowability of the 
mixed resin with this type.  

3.2 Heat release rate (HRR), peak of heat release 
rate (PHRR) and time to reach PHRR (Tp) 

HRR curves of the samples are shown in Fig.  5, Fig.  
7 and Table 3. Polyester-based and vinyl ester-based 
laminates have very similar curves with PHRR 
below 400 kW/m2, while epoxy-based laminates has 
PHRR of well above 500 kW/m2. The highest effect 
of nanoclay on lowering PHRR was observed with 
5% nanoclay in epoxy-based composites, which is 
15% lower than PHRR of epoxy-based sample with 
1-3% of nanoclay. 

Fig.  6 shows S/N ratios of PHRR, Tp and PHRR/Tp. 
PHRR is an important parameter of materials in fire 
incidents as it expresses the highest heat flux that 
material contributes to the fire. Higher PHRRs are 
observed with more combustible materials and thus 
are more critical to be used. As can be seen fromFig.  
6a, the type of resin has the highest influence on 
PHRR of the laminates. Epoxy-based composites 
have very high S/N ratios which means R188 is not 
very suitable for applications where minimal 
flammability is required. Nanoclay type has the 
smallest effect on PHRR, however nanoclay type B 
is slightly better than type with a S/N ratio of 5% 
lower.  Clay content and fabrication procedure have 
similar effect on PHRR. The ranges of S/N for both 
are from 52.3 to 53.4. Procedure B and 5% clay are 
two points that reach the minimum values in the two 
S/N lines. Both procedure B and C involve 
sonication energy; hence the distribution of clay in 
the matrix is enhanced. However, the presence of the 
volatile solvent in procedure C may contribute to 
higher S/N values of PHRR. It shows that 2 hours of 
heating at 550C is not enough to evaporate all the 
solvents. Further heat treatment may be applied but 
it is a challenge to use this method in large-scale 
production because of the time constraint. S/N ratios 
of Tp are calculated in order to maximize Tp as 
longer Tp leads to better fire performance. In 
practice, longer Tp is important as materials with 
lower PHRR requires longer time to reach its peak 
of heat emission, thus allowing more time for 
evacuation. The trends are quite similar between 
PHRR and Tp except for procedure. Samples 
produced by procedure C have the highest Tp. This 
can be explained by the application of both 
sonication energy and organic solvent help to 
distribute nanoclay more evenly in the resin, 
therefore, some kind of nanoclay matrix is formed in 
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the resin and lengthens the time to reach PHRR of 
the laminates. 

3.3 Total heat release (THR) and heat of 
combustion 
THR and heat of combustion are two other 
important fire parameters of materials. Fig.  8 shows 
THR and heat of combustion of all the samples. 
PHRR and Tp respectively show the maximum 
contribution of the material combustion to the fire 
and the necessary time to trigger that peak. THR 
reflects the total contribution of the materials to the 
flame. THR is the overall heat per area that a 
material can emit during its combustion. Heat of 
combustion is also the heat released from the 
combusted material; however, heat of combustion is 
determined with each weight unit. THR and heat of 
combustion are strictly considered in many building 
applications as the total heat emitted from the 
burning material critically results in the level of 
structural damage.  Therefore, S/N ratio of THR and 
heat of combustion are calculated according to the 
minimizing function.  
S/N ratios of THR and heat of combustion are 
illustrated in Fig.  9. Clay type again has the 
smallest effect on both THR and heat of combustion. 
There is a reverse trend between the two: nanoclay 
type A contributes to lower THR while samples with 
nanoclay type B have smaller heat of combustion. 
The lower THR of samples with type A, however, is 
because of the high fibre weight percentage as 
discussed in section 3.1. Similar trend can be found 
in the variation of S/N ratios of resin type and 
fabrication procedure. 
A significant impact of clay content is observed here, 
while the effect of clay content is quite low (only 
20% compared to the maximum S/N ratio range). 
Clay content has the highest influence on THR and 
that effect is the second highest with heat of 
combustion. Both THR and heat of combustion 
show that nanoclay is effective with the weight 
percentage in the resin of 5%. Samples with 1% and 
3% of nanoclay have very similar S/N ratios of THR 
and heat of combustion while that of samples with 
5% nanoclay is comparatively lower. C2 
(unsaturated polyester-based resin with 5% 
nanoclay) has the THR of 90% of C1 (unsaturated 
polyester-based resin with 5% nanoclay) while C8 
(epoxy-based resin with 5% nanoclay) has the THR 
of around 66% as that of C7 and C9 (epoxy-based 
resin with 1-3% nanoclay). However, this effect 
shows that higher percentage of nanoclay in the 
composite should be further investigated. With 

higher amount of nanoclay in the composite, it can 
form a denser matrix and the formation of the 
ceramic mineral from clay is more likely to happen.  

3.4 Smoke production 
Smoke production rate (SPR), total smoke 
production (TSP), carbon monoxide yield and 
carbon dioxide yield are shown in Fig.  10 and 
Table 4. Epoxy-based composites have the lowest 
TSR (all epoxy-based samples have TSP of lower 
than 1200 m2/m2 while all other samples have TSP 
of higher than 1200 m2/m2). The clay content also 
has some influence on TSP with the lowest TSP is 
observed with samples of 5% clay in each resin 
group.  

4 Conclusions 
The effect of nanoclay on the flame retardancy of 
glass fibre reinforced composites is investigated in 
this work. The experiments are designed according 
to Taguchi DoE to define the level of effect of resin 
type, clay type, clay content and fabrication 
procedure. Three types of thermosettings are used 
and they are found to be the group with highest 
impact on PHRR and Tp of the composites. Clay 
type and fabrication process have major effect on 
THR and heat of combustion of the composites. The 
addition of clay at 5% contributes to reduce PHRR, 
THR and heat of combustion of the composites; 
however, more tests are required with higher 
percentage of clay to comprehensively evaluate the 
effect of clay on fire performance of the composites. 
Procedure C can provide good distribution of clay in 
the resin, however, the remaining solvent lower its 
effectiveness. Although longer treatment with heat is 
proposed to minimize the amount of organic solvent, 
this method is limited in terms of time consumption 
and cost effectiveness. Further work on the rheology 
and microstructure of the laminates is necessary and 
this work is continuing at the University of 
Melbourne. 
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Fig.  1 Preparation of nancocomposites 

 
 
 

 

 

 
 

(a)                                                                                         (b) 

Fig.  2 Arrangement for resin infusion process, (a) Schematic of the infusion system, (b) photos of the infusion setup 
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Fig.  3 Schematic of cone calorimetry test 

 
 
 

 
Fig.  4 S/N ratio of fibre weight percentage in the laminates 
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Fig.  5 HRR curves of samples exposed to Cone calorimeter tests vs. time 

 
Fig.  6 S/N ratio of (a) PHRR, (b) Tp and (c) PHRR/Tp 
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Fig.  7 PHRR, Tp and PHRR/Tp ratio 
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. 
Fig.  8 THR and heat of combustions of the samples 

 
 

 
 

Fig.  9 S/N ratio of (a) THR and (b) heat of combustion 
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Fig.  10 SPR of the samples 

Table 1. Factors and levels used in L9 DoE layout 

Level 
Factor 

Resin Clay 
type 

Clay 
content 

Proced
ure 

1 UP Type A 1% A 

2 Vinyl ester Type B 3% B 

3 Epoxy - 5% C 

 

 
 

 

 

 

 

 

 

 

 

 

Table 2. L9 orthogonal array 

Sample 
Composition (%) Fabric

ation Resin Catalyst/
hardener Nanoclay 

C1 98% 
Polyplex 

1% 
MEKP 1% A 

C2 96 % 
Polyplex 

%1 
MEKP 3% B 

C3 94% 
Polyplex 

1% 
MEKP 5% C 

C4 96% 
SPV636 

1 % 
CHM50 3% C 

C5 94% 
SPV636 

1% 
CHM50 5% A 

C6 98% 
SPV636 

1% 
CHM50 1% B 

C7 75% 
R118 

20% 
H120 1% B 

C8 79% 
R118 

20% 
H120 5% C 

C9 77% 
R118 

20% 
H120 3% A 
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Table 3. Fibre to resin ratio and heat release from cone 
calorimeter tests 

Sample Fibre to 
resin 

PHRR Tp 
PHRR

/Tp 

kW/m2 sec kW/m2s 

C1 62:38 416 68 6.22 

C2 60:40 349 70 4.69 

C3 62:38 365 79 4.65 

C4 63:37 405 82 4.94 

C5 65:35 352 85 4.25 

C6 63:37 354 86 4.13 

C7 61:39 672 80 8.37 

C8 65:35 568 70 8.20 

C9 58:42 673 77 8.79 

Table 4. Smoke release, carbon monoxide yield and 
carbon dioxide yield 

Sample 
TSR COy CO2 y 

m2/m2 kg/kg kg/kg 

C1 1242 0.0645 1.82 

C2 1366 0.0704 2.26 

C3 1206 0.0794 2.40 

C4 1499 0.1119 2.66 

C5 1341 0.0801 1.67 

C6 1503 0.0832 2.30 

C7 1196 0.0865 2.42 

C8 902 0.0770 2.35 

C9 1199 0.0746 1.66 
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1 Introduction  

Epoxy resin has been widely used as 

adhesive materials due to their excellent adhesion 

strength and good chemical/corrosion resistance. 

Epoxy adhesives become quite brittle at cryogenic 

temperature, although some of them are ductile at 

the room temperature. Furthermore, the adhesives 

generate large thermal residual stress at the 

cryogenic temperature due to their high CTEs [1]. 

Therefore, both the mechanical and thermal 

properties of adhesives should be improved to 

increase the fracture toughness and durability of 

adhesive joints at cryogenic environment. Many 

studies have been paid to enhance the properties 

of adhesives by reinforcing with particles or fibers 

[2-4]. Aramid fibers are one of the strong 

candidates for reinforcing epoxy adhesives due to 

their relatively low CTE and high fracture 

toughness. But the aramid fibers exhibit poor 

adhesion characteristics which are affected by its 

chemically inert and insufficient functional groups 

[5-6].  
Electrospinning is relatively simple method to 

fabricate the nanofibers offering a high specific 

surface area and high porosity with diameter 

ranging from nano to micro scale. This method 

also makes it possible to form unique 

morphologies or attach functional groups on the 

fiber surface by solution modification such as 

polymer blending and sol-gel method. However, 

there is a limit for the electrospun nanofibers to be 

applied in structures such as aircrafts and 

automobiles due to their lower mechanical 

strength than textile fibers made from same 

polymers [7].  

Electrospinning utilizes high electrostatic forces 

for fiber production. The typical electrospinning 

apparatus consists of three major components: a 

high-voltage power supply, a spinneret (a metallic 

needle), and a grounded collector. When the 

electric field is applied, the polymer becomes 

charged. The electrified jet of polymer solution 

begins to stretch and whip around forming a long 

and thin thread. The liquid solution is 

continuously elongated and the solvent is 

evaporated during the whipping stage leaving an 

almost dry polymer fiber behind [8]. In this later 

stage, the rapid solidification of stretched chains 

induced the retardation of crystallization [9]. Thus, 

the mechanical property of electrospun nanofiber 

became lower. Recently, many studies have been 

paid to improve the strength of electrospun 

nanofiber. Huang et. al [10] found that the 

mechanical property of highly aligned PBDA-

PDA PI nanofiber mats increased by 4~6 times 

with heat treatment under high-temperature (300 ~ 

430C). Chen et. al also investigated that the 

tensile strength and elongation at break of the PI 

composite film reinforced with 2 wt% CNT/PI 

nanofibers were increased by 138% and 104%, 

respectively [11]. The residual solvent and salt 

after electrospinning also affect to the mechanical 

properties of the nanofibers. Li et. al  

demonstrated that metal halides, such as NaCl, 

LiCl, and CaCl2, remaining in Nylon 6 decreased 

the fracture toughness, tensile strength, and 
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modulus due to plasticization by ionic salts [12]. 

Furthermore, the residual solvents are also known 

to plasticize the polymers matrix [13].  

Meta aramid, poly (m-

phenlyeneisophthalamide), as aromatic polyamide 

consists of a relatively rigid benzene ring and 

amide group. It was strongly hydrogen bonded 

with inter and intra molecular. When the meta 

aramid was fabricated by electrospinning, the 

residual solvent and by-product salts such as 

CaCl2, LiCl were generated to the electrospun 

nanofiber owing to difficulty of removal during 

the process. The presence of by-product salts and 

residual solvent in the nanofiber is also known to 

deteriorate its mechanical strength. However, few 

reports have been studied on the influence of the 

residual or by-product salt on mechanical/ thermal 

property of the nanofiber. 

Microwave technology is based on the efficient 

heating of materials by “microwave dielectric 

heating” effects in a short time. This effect is 

dependent on the ability of a specific material 

(solvent or reagent) to absorb microwave energy 

and convert it into heat. The electric component of 

an electromagnetic field causes heating by two 

main mechanisms: dipolar polarization and ionic 

conduction. Irradiation of the sample at 

microwave frequencies results in the dipoles or 

ions aligning in the applied electric field and, in 

the process, energy are lost in the form of heat 

through molecular friction and dielectric loss [14]. 

Recently, microwave has attracted a considerable 

amount of attention in many applications 

including the synthetic chemistry, solvent 

extraction [15].  

In this study, the effect of residual solvent and 

CaCl2 as by-product on the mechanical strength of 

the meta aramid nanofibers was investigated by 

using microwave. To reduce the impurity of the 

nanofiber, the specimen was treated by each 

condition of the “moist” and “wet”. FE-SEM was 

used to observe the surface morphology of the 

electrospun nanofiber mats with respect to the 

treatment time. The change of crystallinity and 

thermal properties was investigated using X-ray 

diffraction (XRD) and TGA measurements. The 

tensile test was performed to observe the influence 

of degree of residual solvent and CaCl2 salt (by-

product) removed by microwave on mechanical 

properties of the nanofiber. And the mechanical 

properties of the meta aramid nanofiber/epoxy 

composites with respect to treatment condition by 

a tensile test. 

 

2 Experimental details 

2.1 Materials 

Meta-aramid was polymerized according to a 

well-known procedure using an equal molar ratio 

of m-phenylene diamine (P23954, Sigma-Aldrich, 

USA) and 1,3-isophthaloyl chloride (I19403, 

Sigma-Aldrich, USA) in DMAc (Samchun Inc., 

Korea) [16]. During the reaction, HCl was formed 

as a by-product and was neutralized with Ca(OH)2. 

The neutralization process produced CaCl2 salt 

(by-product) in the polymer solution. The average 

molecular weight of the polymer was 381,464 

g/mol (DMAc, GPC). The synthesized polymer 

and CaCl2 (by-product) were used for 

electrospinning without further purification. The 

presence of the salt may increase the solubility of 

the polymer and the conductivity of the solution, 

which enhance the ease and stability of the 

electrospinning process [17].  

 

Fig.1 Schemetic diagram of electrospinning method 

 

2.2 Electrospinning 

Meta-aramid was dissolved in DMAc to make 

14 wt% solution. After the solution was inserted 

into the pipet, the meta aramid nanofiber was 

fabricated by electrospinning method as shown in  
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Fig. 2 The procedures of the electrospun meta-aramid 

nanofibers by microwave at each condition: (1) moist, (2) wet 

Fig. 1. The applied electric voltage was 15 kV, 

the distance between the spinneret and collector 

drum was 10 cm, and the solution feed rate was 

0.05 μL/min at room temperature. 

2.3 Microwave treatment 

In this experimental, the removal of residual 

solvent and CaCl2 in the meta aramid nanofiber 

was performed under microwave irradiation using 

an effective intensity per unit mass of 12 kW/kg at 

2.4 GHz. The heating mechanism of the solvent 

under microwave irradiation conditions depends 

on its dielectric properties. The ability of a 

material to convert electromagnetic energy into 

heat at a given frequency and temperature is 

determined by the loss factor tanδ [14]. Generally, 

the loss factor of polymers is relatively lower than 

others (e.g. water). In this study, two kinds of 

treatment conditions with respect to moist 

contents were facilitated to enhance the loss factor 

of a dielectric material. As moist conditions, the 

moisture was initially absorbed into the nanofibers 

by spraying water. Then, the moist nanofiber was 

heated by microwave for 6, 12, and 18 min to 

remove the residual solvent. To determine the 

proper treatment time, the weight loss of the 

nanofibers was measured. As the wet conditions, 

the sample was soaked in 500 ml distilled water 

bath to remove the CaCl2 from the surfaces or 

inner part in the nanofibers and then irradiated for 

5, 10, and 15 min by using microwave. The time 

variables for the microwave treatment were set 

based on the time for the water temperature to 

reach a boil. After recovering the specimens from 

the water bath, the specimens were heated again 

using microwave to remove the water from the 

nanofiber for 6 min. The temperature of the water 

bath was measured by using a thermocouple.  

2.4 Characterization  

Field emission scanning electron microscopy 

(S-7400, Hitachi Co., Japan) whose acceleration 

voltage is 15 kV was used to observe the surface 

morphology of the electrospun nanofiber mats 

with respect to the microwave treatment time. And 

the average diameter of the nanofiber also 

measured by SEM for at least 30 ~ 40 specimens. 

The presence of CaCl2 was also investigated to 

check the component by SEM-EDX. The thermal 

behaviors of the nanofibers with respect to the 

treatment condition was examined by using 

thermogravimetric analysis (TGA 6, PerkinElmer, 

USA) under nitrogen flow from 40 to 700°C at a 

heating rate of 10°C/min. The crytallinity 

characteristic of the nanofibers was determined by 

X-ray diffraction (X’pert Powder, PANalytical, 

Netherland) using Cu Kα1 radiation (λ=1.54 Å) at 

a voltage of 40 kV and a current of 40 mA and 

recorded Bragg angles (2θ) range from 5° to 80°. 

Mechanical properties of the nanofiber mats and 

the nanofiber toughened epoxy films were 

measured with a universal material testing 

machine (Model 5567, INSTRON, USA) at a 

crosshead speed of 1 mm/min. The nanofiber 

toughened epoxy adhesive (Resin: AW106, 

Hardener: HV953U, Araldite, Huntsman, UK) 

film was fabricated using the mold space of 

thickness 0.2 mm. All the specimens were cured 

in a dry oven at 80℃ for 2 hours. The fiber 

volume fraction of the epoxy adhesives was 

approximately 20% calculated by a 

photomicrographic technique using SEM. These 

specimens were prepared in the form of standard 

dog-bone shapes according to ASTM standard D 

638 by die-cutting the film. The samples were 

tested along the fiber alignment direction and the 

average tensile strength obtained from each 

samples was compared with respect to the 

treatment condition for the nanofibers. The 

thickness of the specimens was measured using a 

digital micrometer (Mitutoyo Absolute, Japan).  
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Fig. 3 SEM images of moist meta-aramid nanofiber by 

microwave: (a) Untreated, (b) 6 min, (c) 12 min, (d) 18 min 

treated microwave for the moist condition. 

3 Result and discussion 

Fig. 3 showed the surface morphologies of the 

meta aramid nanofibers with respect to the 

irradiation time by microwave. The surface 

roughness was increased and the bonding between 

adjacent fibers was also generated as the 

irradiation time increased. Fig. 4 presented that 

the average diameters of fibers increased until the 

critical points and after that, it decreased in spite 

of time increases.  

In moist condition of the microwave, the 

moisture heated the nanofiber up to its boiling 

point. The salt contents made the nanofiber to be 

reached the higher temperature due to its ability of 

absorbing microwave energy [18]. The plastic 

deformation occurred as the temperature reaches 

above the Tg of fibers. While the water molecule 

and residual solvent was evaporated under a high 

temperature, the pressure gradient was generated 

in the nanofibers and then, the vapor was diffused 

from inside into outside of the fiber. In this 

process, if the amount of the vapor which moved 

to the surface inner layer is greater than the 

amount of the expulsion toward the outside of the 

fiber, the portion of the vapor will be remained in 

surface inner layer. Furthermore, the vapor (water, 

residual solvent) remained in the surface inner 

layer is converted from the vapor to the liquid due 

to the temperature difference between the inside 

of the fiber and the outside of the fiber. As a result,  

 
Fig. 4 Average size with respect to treatment conditions. 

 

the surface layer of the fiber was melted to form 

the skin adjacent fiber on the portion of the 

surface due to the liquefied remaining solvent 

[19,20]. However, the amount escaping from the 

inside to the outside was limited due to the surface 

skin indicating closed system. At a critical point, 

the amount of moisture was gradually decreased 

and the pressure also reduced by decrease of 

vaporization [21]. It indicates that the average 

diameter of the nanofiber will be decreased as the 

treatment time passed by the critical point.  

Fig. 5 shows the images of the nanofiber 

surface with respect to microwave treatment time 

under the wet condition. We observed that the 

surface roughness and diameters of the nanofibers 

were increased (W05) by treatment condition 

under its boiling temperature.  On the other hand, 

above the boiling point, the surface roughness and 

diameter was decreased (W10). But, after 15 min, 

the diameter and surface roughness might be  

 

 
Fig. 5 SEM images of meta-aramid nanofibers by microwave: (a) 

5 min, (b) 10 min, (c) 15 min, (d) 5 min (×250,000),  (e) 10 min 

(×250,000),  (f) 15 min (×250,000)  treated microwave for the 

wet conditions. 
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Table.1 The EDS results of the meta aramid nanofiber treated 

with each process 

 
 

slightly increased due to swelling of the fiber. Wet 

condition is composed of 2 steps; (1) the 

microwave irradiation, (2) the dry process by 

microwave. In this condition, the water bath was 

boiled at 9 min for 500 ml of water. In this process, 

the removals of the residual solvent and CaCl2 in 

the nanofibers are easier than moist condition due 

to the generation of mass transfer (diffusion) in 

water bath. Besides, the water bath treatment bath 

facilitates the crystallization and the 

rearrangement in the nanofiber. In the second step, 

the nanofiber mats dried by microwave (6 min). 

Since there were few salt and residual solvent 

unlike the moist condition, the fusion had not 

occurred. 

The SEM-EDX was performed to observe the 

presence of CaCl2 after the microwave treatment 

as shown in table 1.  After electrospinning, the 

contents of CaCl2 were remained on meta aramid 

nanofiber. After the moist condition treatment, the 

contents of CaCl2 was decreased by 15~ 40%. It 

caused by the degradation of salts in the highly 

elevated temperature [18]. On the other hand, in 

case of wet condition, the contents of CaCl2 were 

significantly reduced within 2% for 5 min.   

 

 
Fig. 6 XRD results of the nanofiber treated with microwave at 

each condition. 

Furthermore, the contents of CaCl2 were almost 

removed by treatments for 15 min. It indicates that 

the microwave treatment with water bath was very 

effective on the removals of CaCl2. 

Fig. 6 shows the XRD results of the nanofibers 

with respect to the microwave treatment. The 

broad peak at 24° showed the amorphous region 

of electrospun meta aramid mats. Generally, it is 

difficult to fabricate the highly crystallized 

nanofiber due to the rapid solidification during 

electrospinning [9]. However, in case of wet 

condition, the sharp two peak of α-phase 

crystalline was shown at 14.8°, 16.7°, 22.5°. The 

crystallinity was also significantly increased. As a 

result, the wet condition of microwave was 

favorable to the rearrangement of the molecular 

chain and crystallization. The dry process of wet 

condition also made the structure of the nanofibers 

become a dense [22].  

Thermal properties of polymers are highly 

affected by its structure, size, and crystallinity. Fig. 

8 showed the thermal properties of nanofiber mats 

with respect to treatment condition. The untreated 

specimens including the by-product salts and 

residual solvent presented the weight loss of 7% at 

100°C and then continuously degraded. In case of 

moist condition of microwave, the specimens 

showed a low thermal stability compared to that of 

untreated specimens, because its skinned surface 

(Fig.3) might be hinder the vaporization of the 

moist resulted in residue of moisture. On the other 

 

 
Fig.7 Thermal properties of the nanofiber treated with 

microwave at each condition. 
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Fig. 8 The tensile strength of nanofiber treated at each condition 

 

hand, the specimens treated with the wet condition 

showed the high thermal stability compared to that 

of untreated specimens. The weight loss at 100°C 

was decreased as follows 3.8%, 1.9%, 0.7% as 

treatment time increased. As a result, the removal 

of impurity (residual solvent, salt) in nanofiber 

mats could significantly increase the thermal 

stability of the fibers. 

Fig. 9 showed the result of tensile strength of 

the nanofiber mats with respect to treatment 

condition by microwave, respectively. The 

nanofiber mats treated in moist condition with 12 

min was significantly increased by 2.3 times 

compared to that of untreated one. It indicates that 

the skinned structure of nanofibers with adjacent 

fiber is affect to its mechanical properties. In case 

of the wet condition, the specimens with 5 min 

presented the highest value improving 2.6 times in 

all specimens because treatment in water bath can 

make the impurity of the nanofiber to remove 

resulted in the high crystallinity related to 

mechanical strength. However, the mechanical 

strength of the specimens with long treated time 

decreased due to the expansion by swelling.  

The tensile tests were conducted to obtain the 

strength of the meta-aramid nanofibers toughened 

epoxy composite films after the microwave. Fig. 

10 shows the result of the tensile strength of meta 

aramid nanofiber toughened epoxy composite film. 

Among them, the tensile strengths of the 

specimens toughened with W05 and W10 were 

significantly enhanced by 38 ~ 55% compare to  

 
Fig. 9 The tensile strength of nanofiber/epoxy composites at 

each treated condition 

 

that of the neat epoxy. However, the tensile 

strengths of specimens toughened with M06, 12, 

18 were slightly increased by 10 ~ 17% compared 

to that of the neat epoxy. Since the effective 

surface area of the nanofibers was decreased by 

forming the bonding between the adjacent fibers, 

the wettability might be decreased. From the 

results, the mechanical strength of the nanofiber 

toughened epoxy composites was affected by the 

strength of nanofiber and its geometric property. 

The microwave treatment with wet condition can 

improve the strength of the nanofiber with 

excellent wettability.  

4 Conclusions 

In this study, the effects of residual solvent and 

CaCl2 salt (by-product) on the mechanical strength 

of the meta-aramid nanofibers were investigated 

by using microwave. The following conclusions 

were derived from the results. 
 

1. The surface roughness and diameter of the 

meta-aramid nanofiber were increased as 

treatment time increases. 

 

2. The wet condition of the microwave (W15) 

to the nanofiber is most effective on the 

removal of by-product CaCl2 with the 

amount of from 33% to 0.2%. Furthermore, 

in case of moist condition, the salt also was 

reduced by 15 ~ 40% due to degradation by 

highly elevated temperature. 
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3. The thermal stability and crystallinity of 

the nanofiber were enhanced by wet 

condition of microwave. In case of wet 

condition, it is favorable to removal of 

impurity and re-arrangement of molecules 

in the nanofiber.  

 

4. Tensile strength of the specimens can be 

dramatically increased up to 2.6 times by 

both moist and wet conditions inducing the 

change of surface geometry and enhancing 

of crystallinity. 

 

5. The tensile strength of epoxy toughened 

with nanofiber at the wet condition (W15) 

was significantly increased by 54%. 

However, the specimens toughened with 

nanofiber treated in moist condition was 

slightly increased by 10~17% due to lack 

of the effective surface. 
  

From the results, we concluded that the presence 

of the residual solvent and by product salts also 

significantly affect to the degradation of the 

mechanical strength of nanofiber. We also 

suggested that microwave treatment is very 

effective method to increase the mechanical 

property of the nanofiber by reducing impurity in 

a short time.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
In the past few decades, the development of design 
skill for polymeric composites has been highly 
attended in various fields due to its multi-
functionality and applicability in industry. 
Especially, as the size of filler decreases to 
nanoscale, the overall composites system shows 
extra high thermomechanical stability comparing 
with the conventional composites under same 
loading condition because the extremely high 
surface to volume ratio of nanocomposites interface 
generates nanoparticle size effect [1-14]. Both 
computational [1-6] and experimental [7-14] surveys, 
therefore, have been dedicated to the investigation of 
characterization of the filler-matrix interaction effect 
and its contribution to the theromomechanical 
stability of the polymer nanocomposites. Many 
researches has introduced the effective interphase 
concept which signifies that the finite volume and 
single independent phase exists near the embedded 
nanofiller surface to explain the exceptional physical 
properties of the nanocomposites, and use its 
quantitative properties as design parameters for the 
composites system. In this regard, the development 
of interphase characterization model which reflects 
both the accurate geometry and effective mechanical 
properties is important. However, to the best of the 
authors’ knowledge, most of recent surveys rarely 
pay attention to the accurate thickness of the 
effective interphase but set it as a constant based on 
simple assumption [1-4,5-7,10-12]. In the present 
study, we propose a logical approach which 
determines the thickness and stiffness of the 
effective interphase by adapting a multiscale 
approach - molecular dynamics (MD) simulation 
and finite element analysis (FEA) gearing technique. 
On the strength of the rapid progress of  recent  

 
computational resource, the full-scale atomistic 
model of polymer nanocomposites can be 
considered by MD simulation and their intrinsic 
nanophysics such as nanoparticle size effect or 
interface strengthened effect can be verified and 
quantitatively reproduced in an atomic viewpoint. 
Furthermore, FEA model can efficiently provide 
numerical values of the mechanical properties. In 
addition, FEA can predict not only the global 
stiffness but also the local sub-domain strain energy 
and its internal stress for the heterogeneous system. 
The MD-FEA bridged multiscale model, therefore, 
can be a guidepost to design polymer 
nanocomposites with reliability and efficiency 
considering with their intrinsic nature.  
 
2 Construction of molecular dynamics models 

2.1 Atomic structure modeling procedure  

MD simulation including amorphous state polymer 
and polymer nanocomposites unit cell construction, 
potential energy minimization, and ensemble 
applying procedures was executed by commercial 
software package - Materials Studio 5.5 (Accelrys 
Inc.) and open source code - LAMMPS (Sandia 
Lab.). The polymer consistent forcefield (PCFF) was 
applied to describe all the inter- and intra-potential 
energy of individual atoms in the unit cell. The 
amorphous state cross-linked thermoset epoxy which 
consists of EPON862 (Diglycidyl Ether of 
Bisphenol F) resin and TETA (Triethylenetetramine) 
crosslinker at a curing ratio of 45% was selected as 
polymer, and nano-sized spherical SiC (silicon 
carbide) was inserted to the center of the polymer 
unit cell as filler. Total three different filler sizes  
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Fig.1.  Spherical nanoparticle(SiC) embedded epoxy 

structure in MD simulation; (a) nanoparticle 
highlighted view (b) epoxy group crosslink 
points highlighted view 

 
were considered, sustaining its volume fraction 
under dilute condition (5.8 vol.-%) to neglect the 
interaction among particles and their agglomeration 
effect. An example of the modeled unit cell is 
depicted in Fig. 1, and the detailed information of 
their compositions is presented in Table 1. The total 
potential energy of the constructed unit cell is 
minimized by conjugate gradient method, followed 
by the NVT (300K for 1ns) and NPT (0.1MPa, 300K 
for 2.5ns) ensembles to reach its equilibrium state 
under room temperature and atmosphere condition.  

 

2.2 Local strain energy distribution of 
nancomposites in MD simulations 

 

Table 1  
Compositions of representative volume elements  

Model 
label 

Particle 
diameter (Å) 

Particle 
vof. (%) 

Unit cell 
length (Å) 

Crosslinking 
ratio 

Epoxy - - 36.21 

0.45 
0518 10.36 

5.8 

21.79 

0900 18.00 37.07 

1000 20.00 41.29 

 
To tailor the potential energy change of the interface 
between the particle and polymer networks vicinity 
of the particle during mechanical test simulation 
which will be introduced in the following section, 
the sphere-shaped arbitrary energy groups which 
concentric but have different radius each other was 
initially set for the models depicted as Fig. 2. Here 
we can consider two kinds of local potential energy 
group for the matrix domain; (1) ‘accumulated 
group’ which includes the overall sphere domain 
except the particle-matrix interaction and (2) 
‘hollowed sphere group’ which has shell-shaped 
region with one angstrom radial thickness. During 
the static tensile loading simulation in MD, the 
potential energy density increase profiles of the 
accumulated group (WA) and the hollowed sphere 
group (WL) with respect to the radius of designated 
sphere domain can be expressed as Eq. (1) and Eq. 
(2), respectively.  
 
 

(1) 
 
 
 

(2) 
 

 
where U is total potential energy increase during 
tensile simulation, d is the thickness of local energy 
measuring gap (the value was set as one angstrom in 
the current study) subscript ‘par’ means particle 
domain, subscript 1, 2, and 3 is the local matrix 
domain which is depicted in Fig. 2. Not only the 
polymer phase contained domain, but the total strain 
energy density of the ‘particle-participated sphere 
group’ (WT) also can be considered as Eq. (3) 
 

( ){ }
1 2 3 3

3 3
1(4 / 3)

par par
A
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U U U
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+ + + - -

=
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(3) 

 
 

Eq. (3) directly denotes the local load transfer 
characteristics of the nanoparticle and its vicinity 
polymer. By using those three different types of 
arbitrary energy group, the local strain energy 
distribution as well as the global stiffness of the 
nanocomopsites can be observed in the atomistic 
models. 
 

2.3 Static tensile loading simulation in MD 

For each constructed molecular model, simple 
uniaxial tensile test was carried out under static 
loading condition. Fully equilibrated unit cells 
minimized their total potential energy under 0.1K 
NVT ensemble for 500ps, and then the unit cell 
lattice in x-direction was gradually increased while 
the other lattice parameters sustained their original 
length until the strain of each unit cell was reached 
to 0.3%. The strain rate was set as 106 /sec. Because 
the modeled nanocomposites show elastic response 
under 0.3% strain condition, the polymer strain 
energy vicinity of the nanoparticle (Eint) could be 
simply derived in terms of the strain in axial 
direction (ε11) as Eq. (4). 
 

(4) 
 
The models were constructed to target fully 
amorphous state and therefore have isotropic 
properties in ideal condition. However, discrete 
morphology of the crosslinked polymer generates 
small anisotropies in the system so the uniaxial 
tensile tests were carried out not only in x-direction 
but also y- and z-direction and averaged all the 
elastic constants to remove their anisotropy effect. 
 

3 Finite element analysis of multi-inclusion model 

3.1 Deriving nanocomposites stiffness by 
homogenization method  

Three-dimensional finite element model which 
consists of 3-phase (particle-interphase-matrix) 
inclusions was prepared for the analysis of elasticity 
of the nanocomposites (See Fig. 3).  Here, we adopt 
an asymptotic homogenization–molecular dynamics  

      
 
Fig. 2.  Local sphere/shell geometry defined on  

the current nanocomposite units 
 
sequential bridging method which was proposed by 
Cho et al. [3]. The effective mechanical properties 
of interphase domain of the nanocomposites model 
can be solely characterized by using an inverse 
iterative algorithm with rigorous mathematical 
formulation and its numerical discretization by finite 
element equations. Homogenized elasticity CH of the 
multi-inclusion nanostructure model can be obtained 
by following equation: 
 

(5) 
 
where χ is characteristic function tensor, Y is the 
homogenized unit cell domain, C is the fourth-order 
stiffness tensor of the element, and B is the strain-
displacement tensor corresponding to the 10-node 
tetrahedral element.  

[ ] [ ][ ][ ]( )1H
yY

dV
Y

= -òC C C B χ

( )
1 2 3 3

3
1(4 / 3)

par
T

U U
W

R dp
+ + + -

=
+

( ) ( )
1

2
11 1 int 11 1 11 11

1, ;
2A

R

W R E R Ce e e= =

ICCM19 2365



 

 
Fig.3. 3-dimensional finite element model which 

consists of interphase as well as resin and 
filler [2] 

 

3.2 Strain energy density profile of the interphase  

Similar to the MD tensile simulation, uniaxial tensile 
tests were executed for a three phase multi inclusion 
FEM model. The strain energy of the effective 
interphase, Eint, is calculated by Eq. (6): 
 

(6) 
 
with respect to the effective thickness of interphase. 
From the intersection point of the two energy 
density profiles of the polymer phase vicinity of the 
nanoparticle which are derived from Eq. (4) and Eq. 
(6) respectively, the effective thickness of the 
interphase and its stiffness can be numerically 
obtained. The remeshed structure with preserving its 
multi inclusion shape and applied the interphase 
thickness and mechanical properties as the solution 
of this energy method can describe not only the 
global mechanical behavior of the nanocomposites 
but the quantitative contribution of local load 
transferring on the interface between the particle and 
matrix.  
 

3.3 MD-FEA scale bridging analysis scheme  

Fig. 4 is the overall scheme of the current multiscale 
methodology. Firstly, the stiffness matrix of the pure 
epoxy and epoxy/SiC nanocomposites model is 
derived from the atomistic model by using the 
molecular dynamics and its molecular mechanics 
testing. The global elastic response derived by the 

static tensile test of the molecular structures is 
transferred to the equivalent finite element model 
which has arbitrary interphase thickness and elastic 
modulus. By using the asymptotic homogenization 
technique, the effective interphase modulus which 
matches with global stiffness of the nanocomposites 
is numerically obtained. Then the deformation 
energy of the interphase in FEM model is compared 
with the strain energy density of the accumulated 
group in molecular model under same small strain 
condition (0.3%). If the two deformation energies 
are not equal, the geometrical condition of the 
interphase in the FEM model is changed and the 
asymptotic homogenization and energy matching 
processes are executed repeatedly. 
 

4 Simulation Results  

4.1 Elastic behavior of the considered models 

The axial stress profiles of the modeled epoxy/SiC 
nanocomposites and pure epoxy are depicted in Fig. 
5. In Fig. 5, it can be found that the stress-strain 
curves have a strong linearity in all locally grouped 
regions within the given range of strain. Also, the 
hollowed sphere groups which have 12-13 Å and 13-
14 Å radial distances show the highest slope among 
uniaxial stress-strain curves. On the other hand, the 
local energy distribution of the pure epoxy has 
nearly consistent stress-strain profile under same 
local region regardless of its selected area. It alludes 
that the polymer chain vicinity of the nanoparticle is 
highly anchored (immobilized) and densified to the 
surface of the particle due to their strong non-bond 
interaction. These morphological changes of the 
polymer chain significantly affect its mechanical 
stability and become the main cause of the 
generation of the interphase. The inhomogeneities of 
the nanoparticle embedded polymer can be observed 
more clear when we plot the strain energy density as 
a function of radial distance (Fig. 6). Both the 
accumulated group energy density (WA) and the local 
group energy density (WL) have their maximum 
value around the interface between the particle, and 
they are quickly dropped down and converged with 
oscillation as the designated region farther apart 
from the particle. Meanwhile, it is worth to note that 
unlike the nanoparticle embedded one, the stress-
strain curve profile of pure epoxy is fully dispersed  
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Fig.4. The MD-FEA multiscale scheme to tailor the 

local load transferring range of the interphase 
as well as the global elastic response of 
nanocomposites in mechanical sense 

 
into the overall epoxy unit cell under tensile loading, 
regardless of its grouped region as it can be found on 
sub-figure of Fig. 5. So it can be confirmed that the 
heterogeneous behavior of the resin in the 
nanocomposites model mainly comes from their 
interaction with the nanoparticle in simulation. 
 

4.2 Particle size effect and the local load transfer 
characteristics  

We consider the local strain energy density 
distribution of the nanocomposites under three SiC 
particles of different sizes to characterize the nano-
size effect of nanoparticles quantitatively. It has 
been well known that most of polymer matrix 
in nanocomposites is located in close vicinity of the  

 
Fig. 5.  Local stress-strain profile of the modeled 

nanocomposites with the one of pure epoxy 
 

 
Fig.6.  Strain energy density increment profile of the 

nanocomposites (model ‘1000’) obtained by 
molecular dynamics simulation 

 
the filler particles and even the interphase properties 
is exhibited in macroscopic thermomechanical 
properties of the overall composites such as stiffness, 
interfacial strength, thermal expansion coefficient 
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and thermal conductivity. In this regard, it is very 
intuitive that the Young’s and shear modulus of the 
nanocomposites are superior to microcomposites at 
the same loading condition if the particle is fully 
dispersed [1-4], and our current simulation also 
clearly indicates the strengthen effect (See Table 2). 
All the considered nanocomposites models show 
higher stiffness than the one of pure epoxy model, 
and the strengthened effect can be observed more 
obviously as the particle size decreases under 
constant volume fraction condition.  
One of the aims of this study is the characterization 
of the effective geometry and mechanical properties 
of polymer-adsorbed region in equivalent continuum 
model. On the intersection points between the 
potential energy increase density of accumulated 
group in MD simulation and the strain energy 
density of homogenized interphase domain in FEA, 
an equivalent interphase in an MD model can be 
found. The procedure is performed to the considered 
models in the current study and the results are 
described in Fig. 7. Interestingly, the accumulated 
groups considered in current molecular study keep 
their independent energy density profiles nearly 
consistent regardless of its embedded particle radius 
condition. This result is very meaningful because it 
directly indicates that the particle size effect is 
mainly dependent on the non-bond interaction 
between the vicinity polymer and embedded particle 
surface while the effect of equilibrated polymer 
morphology is insignificant. The energy density 
profiles of the polymer domain derived by MD 
simulation have almost same load transfer tendency, 
however, the strain energy density profiles of the 
homogenized interphase in FEA highly depends on 
their embedded particle size condition because the 
mechanical load transferring between the particle 
and matrix is already considered in the asymptotic 
homogenization process. Therefore in all the 
considered nanocomposites models the effective 
thickness of the interphase is determined uniquely. 
The final analysis results of the geometry (effective 
thickness of adsorbed polymer) and elastic modulus 
of its domain are listed in Table 3. The interphase 
keeps its effective volume fraction nearly 28% for 
all considered molecular models so the actual 
thickness of the interphase is gradually increased as 
the embedded particle radius is increased. On the 
other hand, the elastic properties such as Young’s 
and shear modulus of the interphase are significantly 

reduced with respect to the embedded particle radius. 
In other words, the nanoparticle size effect on the 
elastic properties of the polymer nanocomposites 
mainly comes from the strengthened interphase 
stiffness, not from the change of effective volume 
fraction. It is worth to note that even though the 
thickness of the interphase which is determined by 
mechanics based method shows dependency on its    
 
 
Table 2  
Elastic stiffness of the modeled cell 

Model label E (GPa) G (GPa) v 

Epoxy 3.65 1.33 0.37 

0518 5.61 2.06 0.36 

0900 5.24 1.90 0.38 

1000 5.07 1.83 0.38 

 
 

 
 
Fig.7. Comparing the interphase strain energy 

density in FEM model under various 
interphase thickness conditions with the 
accumulated local energy density of MD 
models 
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Table 3  
Equivalent geometry and moduli of the interphase  

Model 
label tint (Å) vof.int (%) Eint (GPa) Gint (GPa) 

0518 4.3 28.85 9.40 3.51 

0900 6.9 27.05 7.93 2.90 

1000 8.2 29.70 6.54 2.40 

 
 

 
 

Fig.8. Load transfer characteristics of the 
nanoparticle and vicinity matrix domain 
within an interphase boundary 

 
embedded particle size, its order of magnitude is 
very close to the summation of the distance of radial 
density peak of matrix morphology and non-bond 
atomic adsorption thickness suggested by other 
literatures (J. Choi et al.: 7.67Å [2] and S. Yu et al.: 
6.8 Å [4]). Because the adsorption thickness 
assumed by those references was determined by 
general chemisorptions range among polymer 
consistent atom types, their approach is still valid in 
mechanical design viewpoint. In addition, the 
similarity between the current result of the 
interphase thickness and the distance of 
chemisorptions of polymer verifies that the 
mechanical load transfer according to the strong 
non-bond interaction between the ceramic 
nanoparticle and polymer resin dominantly 

contributes the generation of the interphase. One 
clearly different thing is that while in the previous 
studies measured the adsorption range with basic 
assumption to determine the thickness of interphase 
so it should have constant value, the current study 
can catch the actual radial distance of densified 
polymer region energetically and its change with 
respect to the embedded particle radius condition.  
Fig. 8 describes the strain energy density profiles of 
the particle-participated sphere group in the 
nanocomposite models which are calculated by Eq. 
(3). It can be clearly found that the amount of strain 
energy is significantly decreased as the particle size 
is decreased because the stiffness of the interphase is 
higher as the particle radius is smaller and the high 
stiffness structure has smaller deformation energy 
stored under constant strain condition comparing to 
the soft region (matrix domain). Therefore, the MD 
results described on Fig. 8 are exactly correlated 
with the effective interphase modulus derived by 
FEA in Table 3. In conclusion, the effective 
interphase thickness which explains not only the 
global composites behavior but also local load 
transferring mechanism. Its intrinsic physics is 
verified through FEA in the current multiscale 
model through the energy density distribution and 
derived mechanical properties of the overall 
composites.  
 

5 Conclusion  

In this study, the interfacial characteristics between 
the nanoparticle and vicinity polymer resin in 
polymer nanocomposites and its effective range is 
quantitatively characterized by using MD-FEA 
multiscale bridging model. Unlike the other related 
previous surveys, the current model is able to tailor 
not only the global stiffness considering with the 
nanoparticle size effect but the local load transfer 
characteristics between the particle and matrix under 
elastic loading condition. In addition, the proposed 
methodology does not make any geometry-based 
assumption to constitute the effective geometry and 
modulus for an interphase in the composites system 
because the accurate volume fraction of densified 
polymer region is derived by mechanics-based MD-
FEA energy matching method. Through the current 
multiscale model, a physical meaning of 
nanoparticle size effect on the local load transfer of 
the densified polymer domain is revisited and 
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analyzed in detail. The obtained results indicate that 
the interphase thickness dependency on the 
embedded particle size considerably affects to the 
effective stiffness of interphase in nanoscale even 
though the order of its magnitude is in the same 
range with the polymer adsorption distance assumed 
in our previous studies. Based on the current 
bridging model, we can establish micromechanics 
model or continuum FE model with mechanics-
based particle/matrix interphase properties and 
thickness. This sequential multiscale model is 
suitable to be applied in the analysis and design of 
mechanical behavior of nanocomposites.  
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Abstract  

We use statistical modeling to predict the overall 

elastic moduli of linearly elastic solids with multiple 

pores of various shapes. The model is based on the 

evaluation of contributions from the pore subset 

selected using the design of experiments approach. It 

is shown that the accuracy of the model predictions 

depends on the choice of pore geometry parameters 

as model factors. The model is validated by 

comparing the results with direct finite element 

simulations and predictions obtained by the 

ellipsoidal approximation of pores. 

 

1 Introduction 

In this paper we present an approach to 

characterization and statistical modeling of 

contribution of irregularly shaped pores to the 

overall elastic properties of porous materials. We 

illustrate our approach by considering a sample of 

the carbon/carbon composite (C/C) manufactured by 

chemical vapor infiltration of carbon fiber preform. 

This manufacturing process results in a porous 

material (typical porosities are in the 2-15% range) 

with pores having highly irregular shapes, as 

illustrated in Fig. 1. These shapes are influenced by 

the local arrangement of fibers, the infiltration 

parameters and carbon deposition rates. 

Characterization and modeling of C/C material 

constituents including carbon fiber bundles [1,2], 

pyrolytic carbon [3,4] and pores approximated by 

ellipsoids [5,6] are discussed elsewhere. 

 

 
Fig. 1. Examples of irregularly shaped pores present in 

carbon/carbon composite material 

The objective of this paper is to characterize 

distribution of irregular pores in the material and 

develop a statistical micromechanical model to 

predict the overall stiffness based on the proper 

choice of morphological parameters reflecting pore 

shapes and orientations. Note that the spatial 

distribution effects, e.g. clustering of pores, are not 

included in the scope of this paper as they were not 

observed in the considered specimen; the spatial 

distribution of the voids is assumed to be uniform. 

Our studies are based on the X-ray 

microtomography (µCT) information obtained as 

described in [7]. Microtomography is routinely 

utilized in micromechanical modeling to 

characterize microstructure of heterogeneous 

materials. The obtained data is usually either directly 

used to develop a finite element mesh reproducing 

the scanned microstructure as in [8] or processed to 

determine a typical ellipsoidal inhomogeneity and 

utilize it in a certain homogenization procedure as 

in [9]. 

A possible of dealing with irregularly shaped pores 

involves combination of analytical micromechanical 

modeling with numerical approaches to evaluate 

contributions of individual pores to the effective 

elastic properties, see [10], [11]. In particular, in [11] 

the finite element analysis (FEA) was utilized to find 

contributions of several pore shapes typical for 

carbon-carbon composites. However, performing 

FEA simulations for every individual pore in a 

typical specimen of interest may be prohibitively 

time consuming due to the large numbers of pores: 

the sample analyzed in this paper contained around 

10,000 individual voids in 1 cm3. Thus, one of the 

main reasons for considering statistical approaches is 

the ability to construct prediction models based on 

such characteristics of pore shapes that can be 

obtained without the FEA simulations. Another 

reason is to determine the pore geometric parameters 
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that are of the most significance for the overall 

mechanical response of the considered composite. 

The microstructure of the C/C considered in this 

paper was characterized by X-ray computed 

microtomography performed at the Institute of 

Materials Science and Engineering I, Karlsruhe 

Institute of Technology, Germany. The scanned 

cubic specimen was cut to the size of 1x1x1 cm3 

from the CVI infiltrated C/C laminate consisting of 

four 2.2 mm unidirectional C/C layers ([0°/90°]2), 

separated by 0.4 mm layers of chemical vapor 

infiltrated random felt. The µCT procedure utilized 

for characterization of this specimen has been 

previously reported in [7]. 

This paper is organized as follows. Section 2 

describes how the parameters defining contribution 

of an irregular pore to effective elastic properties are 

determined. Section 3 outlines our approach to 

statistical modeling using design of experiments 

methods. Sections 4 and 5 present the development 

of three- and four factor pore compliance 

contribution statistical models respectively. 

Validation of the proposed four factor statistical 

model is given in Section 6. Section 7 provides 

conclusions and potential directions for future 

investigations. 

 

2 Contributions of Individual Pore Shapes 

The evaluation of contribution of individual pores to 

the effective material properties is based on the pore 

compliance contribution tensor called H -tensor 

[12]. The fourth rank compliance contribution tensor 

H  is defined as a set of proportionality coefficients 

between remotely applied homogeneous stress field 

0σ  and the additional strain ε  generated in the 

material due to the presence of a cavity: 

0: ε H σ
 

(1) 

where “ :” denotes the contraction over two indices. 

The choice of micromechanical model used to 

predict the effective elastic properties of a material 

with many pores depends on their concentration. If 

pores are sufficiently away from each other (dilute 

limit), the non-interaction approximation can be 

used. In this case, we calculate the overall 

compliance contribution tensor by direct summation: 

 
NI
RVE i

i

H H
 

(2) 

where 
 iH  is the compliance contribution tensor of 

an individual pore and the summation is performed 

over all defects present in the representative volume 

element (RVE). Denoting by 
0S  the compliance 

tensor of a matrix material, we obtain the following 

expression for the effective compliance tensor: 

0

NI
RVE S S H  

(3) 

from which all effective elastic parameters of the 

porous material can be extracted. 

For non-dilute distribution of pores, more advanced 

micromechanical schemes are often used. For 

example, predictions for the overall elastic 

compliance of pores by the Mori-Tanaka method 

[13,14] in terms of 
NI
RVEH  is given by a simple 

formula [12]: 

 / 1 H H
MT NI

RVE RVE p
 

(4) 

where p  is the volume fraction of pores. 

In the presentation below, we assume pores to be 

inserted in the homogenized isotropic material with 

Young’s modulus
0E , bulk modulus 

0K , and shear 

modulus 
0G . A mixture of carbon fibers and PyC 

matrix in actual C/C composites is neither 

homogeneous nor isotropic, especially, for non-

random fiber distributions. However, we utilize this 

assumption to emphasize contributions of various 

pore shapes without significant complication of the 

stochastic models. The more accurate approach 

would involve simultaneous multiscale modeling for 

various inhomogeneity types which is beyond the 

scope of this paper. 

To evaluate contributions of individual pore shapes 

to the effective material properties, we introduce the 

dimensionless parameters: 1E , 2E , 3E , K , G . 

These five parameters are related to the effective 

(non-interaction approximation) material properties 

as follows: 

0

1

1

i

i

E

E pE



,

0

1

1

K

K pK



,

0

1

1

G

G pG




 
(5) 

Three parameters iE  (i = 1, 2, 3) characterize 

changes in the Young’s modulus in xi-direction, 

which are induced by the pores of the same shape in 

the case when these pores are parallel to each other. 
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Parameters K  and G  represent change in bulk and 

shear moduli produced by the pores of the same 

shape in case when these pores are randomly 

oriented. All five parameters can be expressed in 

terms of the H -tensor components as shown (no 

summation over repeating indices): 

0
i iiii

E
E H

p
 , 

3

iijjT
K  , 

3

15

ijij iijjT T
G




 
(6) 

where T  is the Wu’s strain concentration tensor, 

related to H  and 
0S  as 

0:H T S  [15]. 

In the case of regular pore shapes, the elasticity 

problem for a single pore can be solved analytically 

and explicit expressions for H -tensor can be found. 

For the irregular pore shapes observed in C/C, the 

compliance contribution tensors can be calculated by 

FEA as follows. The individual pore meshes are 

placed in a reference volume large enough to 

exclude influence of external boundary conditions 

on the strain state around the pore. The setup is 

meshed with 3D linear tetrahedral elements and 

subjected to 6 loadcases for every pore shape. The 

mechanical responses calculated from the 

corresponding FEA simulations are processed in 

MATLAB to determine the components of pore 

compliance contribution tensors. For detailed 

discussion of the procedure to calculate H -tensors 

of irregularly shaped pores see [11]. 

 

3 Design of experiments approach 

Micromechanical modeling procedure described in 

the previous section provides an approach to 

evaluating contribution of pores to the overall elastic 

response utilizing FEA simulations for each pore 

shape. However, using this approach to model real-

world material systems which may contain a large 

number of irregularly-shaped pores with high 

variability in geometric parameters and orientation is 

infeasible due to very high computational costs. 

A possible approach to account for variation of pore 

geometries is to develop a stochastic model, which 

takes pore geometric parameters as input variables 

and provides pore compliance contribution (PCC) 

parameters as an output. 

One of the ways to develop such a model is to 

perform FEA simulations on a set of irregular pores 

with various geometries. Then, using statistical 

methods such as linear or non-linear regression, the 

obtained data can be processed to construct an 

empirical formula (usually a multivariate 

polynomial) that relates the input variables (pore 

geometry parameters) to the pore’s contribution to 

effective elastic properties. For the model to be 

accurate, a very large dataset is usually required to 

get good estimates (narrow confidence intervals) of 

the model coefficients and predictions. 

To minimize the number of simulations required for 

construction of a statistical model, the design of 

experiments (DoE) approach is usually applied. A 

special software tool (such as MATLAB, SAS, JMP, 

etc.) is used to select the most efficient set of design 

points (combinations of input parameters) from the 

full design space (total number of possible 

combinations, or, in our case, total set of all pores), 

such that a good prediction model can be obtained 

with the minimal number of simulations.  

For the development of PCC model, the authors 

chose to construct and run the I-optimal design using 

DoE module in JMP software [16]. The optimization 

criterion for I-optimal designs is minimization of the 

integrated variance of the model predictions over the 

entire design space. In other words, the width of 

confidence intervals for predicted values should not 

vary significantly across the design space. It should 

be noted that the width of confidence intervals grows 

in the vicinity of the design space boundaries 

(extreme values of design parameters). 

After calculating the PCC factors for pores 

corresponding to the selected design points, their 

values were processed utilizing the Response 

Surface Methodology [17,18] to develop the 

stochastic models of pore contributions to effective 

elastic moduli. The result is presented as a 

multivariate polynomial model. From the practical 

standpoint, there is always a trade-off when 

choosing between flexibility of the model (order of 

the polynomial), power of the model (confidence 

limits) and the number of experiments required for 

the analysis. The authors used a second-order model 

because of its ability to capture nonlinearities in the 

response with a feasible number of experiments to 

get high-quality predictions. 

 

4 Three-factor model based on pore principal 

moments of inertia 

Based on the previous studies [19,20], the following 

parameters were chosen as input for the 
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development of the PCC model of an isotropic 

matrix material with irregularly shaped pores: 

principal moments of inertia (PMIs) of the pore 

shapes (
11 22 33, ,I I I ) and Poisson’s ratio of the 

matrix ( ). Since the values of PMIs are size-

dependent, the ratios 
11 33/I I  and 

22 33/I I  were 

considered to separate contribution of pore shapes 

from their volumes. The range of values for the input 

parameters was established from statistical 

processing of the entire pore set from μCT data, see 

[21] for details. The empirical distribution functions 

for each of the parameters (
11 33/I I  and 

22 33/I I ) 

were analyzed and the range was chosen between the 

values corresponding to the 2.5% and 97.5% points 

of the curve. The range of values for the Poisson’s 

ratio was chosen to be 0.0 – 0.4, which includes 

values for carbon/carbon composite materials, as 

well as other types of ceramics and metals. The 

ranges of the input variables are summarized in 

Table 1. It should be noted that within the chosen 

range of parameters 
11 33/I I  and 

22 33/I I , some of 

the combinations of values are incompatible due to 

the properties of PMI. The values of PMI are limited 

by two constraints. The first constraint comes from 

the sorting of PMI according to 
33 22 11 I I I . The 

second constraint is defined as 
11 33 22 33/ / 1 I I I I . 

This is an inherent property of the PMI as can be 

shown by the generalized perpendicular axes 

theorem [22]. 

An I-optimal design calculation was run in the DoE 

module of the JMP software with the ranges of 

model factors indicated above. The calculations 

resulted in a design table containing 53 

combinations of input variables for each of the 

experimental runs. Using this table, geometries with 

the desired values of 
11 33/I I  and 

22 33/I I  were 

selected from the total dataset of pores obtained 

from μCT data. Since the number of pores in the 

dataset is finite, it was impossible to find pores with 

parameters that exactly match the values of the input 
 

Table 1. The ranges of input variables 

Input variable Min value Max value 

11 33/I I  0.10 0.70 

22 33/I I
 

0.67 0.98 

0  
0.00 0.40 

VS  2.30 3.30 

parameters. Therefore, the pores with the smallest 

deviation from these values were chosen. Average 

differences between the actual and design 

parameters were -0.0008 and 0.0084 for 
11 33/I I  and 

22 33/I I , respectively. Root mean square errors (

RMSE ) were found to be 0.0307 for 
11 33/I I , and 

0.0325 for 
22 33/I I . 

Once the experimental pore set was selected and 

pore surface meshes were extracted using the 

procedure described in [21], a self-written 

MATLAB script was employed to create FEA 

models for MSC Marc Mentat 2010 software 

(www.mscsoftware.com) and process the output 

files to determine pore compliance contribution 

parameters 1E , 2E , 3E , K , G . For details on the 

FEA and post-processing procedures see [11]. 

Results of FEA simulations for the 3-factor designed 

experiment were processed and entered into the JMP 

software for statistical analysis. The “Fit Model” 

module was used to fit a 2nd degree response surface 

model to the input data. The results of statistical 

analysis for PCC parameters 1E , K and G  are 

presented in Fig. 3 as plots of actual vs. predicted 

values. In these plots, the straight line represents the 

perfect fit when the predicted values coincide with 

the actual values (Actual = Predicted). The two 

curves below and above straight line represent the 

95% confidence intervals for the predicted values. 

After visual inspection, the outlier data point shown 

as an empty circle in the graph was removed and the 

model was rerun to improve the accuracy of 

predictions. Based on the 2R  and RMSE  values, we 

conclude that the 3-factor model is a reasonably 

good fit for bulk and shear moduli; however, the 

regression’s fit values for Young’s moduli 

contribution parameters were found to be lower. See 

Table 2 for 2R  and RMSE  values for all five PCC 

parameters. 

In an effort to improve accuracy of the proposed 

PCC model, visual analysis of the actual vs. 

predicted plot was performed for each of the 

estimated responses. It was observed that in the 

midranges for responses 1E , 2E , 3E , there is a 

significant number of points which fall beyond the 

confidence intervals. These points correspond to 

pores with very similar predicted response, but 

different values of the actual response. 
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Table 2. Accuracy of model predictions of 

3-factor and 4-factor models 

Model 

response 

3-factor model 4-factor model 

R2 RMSE R2 RMSE 

1
E  0.56 0.10 0.87 0.08 

2E  0.73 0.11 0.75 0.11 

3E
 

0.80 0.26 0.82 0.28 

K
 

0.99 0.12 0.98 0.21 

G  0.90 0.08 0.92 0.08 

 

An example of two pores with virtually the same 

predicted response and input parameters 
11 33/I I , 

22 33/I I  and   is shown in Fig. 2. Pore “a” is 

indicated in Fig. 3 as an empty square, and pore “b” 

as an empty triangle. Comparing the shape features 

of these two pores, it appears that pore “b” has more 

surface features and looks less convex than pore “a”. 

One of the ways to account for this difference would 

be to introduce in the model a non-dimensional 

surface area to volume ratio 
1/2 1/3VS S V , which is 

analogous to the sphericity parameter defined by 

Wadell as  
2/31/3 6 V S  [24]. The range of values 

for 
VS  parameter was chosen using the same 

approach as for moments of inertia. The empirical 

distribution function for 
VS  was analyzed and the 

range was chosen between the values corresponding 

to the 2.5% and 97.5% points of the curve (see 

Table 1). 

 
Fig. 2. Two pores with virtually identical principal 

moments of inertia parameters, but noticeably different 

mechanical response 

 

 

 

Fig. 3. Results of the 3-factor experiment. Actual vs. 

predicted plots for PCC parameters 1E , K  and G  
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5 Four-factor model incorporating 
VS  parameter 

For the development of a PCC model incorporating 

the 
VS  factor, we constructed a new 4-factor 

experimental design using the DoE module of JMP 

with the model factor ranges presented in Table 1. 

The I-optimal design calculation resulted in a design 

table containing 150 combinations of geometric 

factors for each of the experimental runs. Similarly 

to the previous design, it was impossible to find 

pores with exactly matching parameters, and pores 

with the smallest deviations in parameters were 

selected. Average deviations of the design 

parameters were -0.0039 for 
11 33/I I , 0.0071 for 

22 33/I I  and 0.0129 for 
VS . The root mean square 

errors ( RMSE ) were calculated as 0.0516, 0.0619 

and   0.1562   for   
1 1 3 3/I I ,   

2 2 3 3/I I    and   
VS , 

respectively. 

Once the experimental pore set was selected and 

pore surface meshes were extracted, FEA 

simulations were performed for all pores to calculate 

their respective PCC parameters and the results were 

imported into JMP software. Once again, the “Fit 

Model” module was used to fit a 2nd degree response 

surface model to the input data. The results of 

statistical analysis for PCC parameters 1E , 2E and 

3E  are presented in Fig. 4 as plots of actual vs. 

predicted values. It can be seen that the overall fit of 

the 4-factor model is better than that of the 3-factor 

model. This is evidenced by the increased values of 
2R  shown in Table 2. The scatter has not changed 

significantly (similar RMSE  values) for all model 

responses except K , for which an increased scatter 

was observed. Also, due to the larger number of 

experimental runs, the new model has narrower 

confidence intervals for predicted values of pore 

compliance contribution parameters. Goodness of fit 

( 2R   and  RMSE   values)  for  both  models  is 

summarized in Table 2. 
 

 

 

 
Fig. 4. Results of the 4-factor experiment. Actual vs 

predicted plots for PCC parameters 1E , 2E  and 3E
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6 Validation of the four-factor model 

For validation of the proposed stochastic 4-factor 

PCC model, we compared the model estimates to the 

direct FEA simulations on a new set of 150 pores 

which were not used for the model construction. 

Pore geometries were selected from the original 

dataset containing all available pores. For this 

experiment, the design space was constructed using 

uniform distribution of the input variables within the 

boundaries given in Table 1. For all five responses, 

the model shows good prediction characterized by 

the low bias and moderate scatter (see Table 3). It 

can be observed that RMSE  values for all responses 

are similar to those obtained for the original dataset. 

Low mean error ( ME ) and moderate RMSE  values 

allow to conclude that the model is satisfactory for 

the new dataset. 

 
Table 3. Accuracy of model predictions from the 

validation study 

Error 1E  2E  3E  K  G  

ME -0.06 -0.06 0.05 0.08 -0.02 

RMSE 0.14 0.16 0.31 0.30 0.08 

 

 

7 Conclusions 

Stochastic model can be used to evaluate 

contribution of pores to the effective elastic 

properties based on their geometric parameters (e.g. 

ratios of their principal moments of inertia 11 33/I I  

and 22 33/I I ) and matrix material parameter (e.g. 

Poisson’s ratio  ).  

The results of statistical analysis show that the 

overall fit of 3-factor model constructed based on 

11 33/I I , 22 33/I I  and   can be improved by 

incorporating the fourth factor 
VS . This is evidenced 

by the increased values of R2 provided in Table 2. 

The scatter of the 4-factor model compared to the 3-

factor one does not change significantly (similar 

RMSE values) for all model responses except K , for 

which an increased scatter is observed. Also, due to 

the larger number of experimental runs, the 4-factor 

model has narrower confidence intervals for 

predicted values of pore compliance contribution 

parameters.  

The potential improvements to the model can be 

achieved by identifying other statistically significant 

factors, which characterize pore shapes and their 

spatial distribution. 
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Abstract 

The dynamic response of filament wound cylindrical 

composite structures subjected to underwater 

impulsive loads is analyzed. The analysis focuses on 

the effect of varying structural attributes and 

material properties on load-carrying capacity, 

deflection, energy dissipation and damage. The 

structural designs studied are monolithic composite 

structures and sandwich structures with foam cores 

of different relative densities and different radii. 

Underwater impulsive loads are generated using a 

novel experimental setup. The deflection and core 

compression are characterized using 2D Digital 

Image Correlation (DIC). The experiments are 

supported by fully dynamic numerical calculations 

which account for fluid-structure interactions and 

damage and failure mechanisms in the materials. For 

the same applied impulse, the monolithic cylindrical 

sections experience significant warping, 

delamination and cracking, while the sandwich 

structures experience significantly lower levels of 

damage. In the sandwich structures, as the core 

density increases, the transmitted impulse and 

overall damage also increase. Deflection and 

warping in the impulsively loaded region are 

influenced by the radius of curvature and material 

orientation. The results show that cylindrical 

sandwich structures have superior blast-resistance 

than cylindrical monolithic structures of equal mass 

with only relatively minor increases in wall 

thickness. The experiments, computations and 

structure-performance relations obtained offer 

approaches for designing structures with superior 

blast mitigating capabilities for sections in critical 

parts of ship structures like the keel, hull and pipes. 

 

1. Introduction  

Marine structures are designed to operate in hostile 

environments which involve corrosive sea water, hot 

and cold temperature extremes, transient dynamic 

loads like hull slamming, and complex three 

dimensional hydrodynamic load triaxialities. 

Additionally, naval structures are required to 

withstand weapons impacts and blast loads resulting 

from surface and underwater explosions. Recent 

assessments of marine structures have demonstrated 

that sandwich composites can provide good blast 

mitigation due to their high strength to weight ratios 

and high shear and bending resistances. 

Characterization of the behavior of composite 

materials and polymeric foams under impulsive 

loading is a prerequisite for the analysis and design 

of effective, blast resistant sandwich composites. 

Deformation and failure due to dynamic loading in 

layered materials such as composite laminates has 

been the subject of numerous investigations in recent 

years. Gas gun based impact loading has been 

successfully used to generate impulsive loading 

through water [1-3]. A major of aspect of marine 

composite structures that has not been thoroughly 

investigated is the response of cylindrical composite 

structures to blast loads. The objective of the present 

work is to characterize the dynamic deformations 

and damage response of curved sandwich 

composites with different core densities but similar 

total masses subjected to high intensity underwater 

impulsive loads. The analysis focuses on the effect 

of varying structural attributes and material 

properties on load-carrying capacity, deflection, 

energy dissipation and damage.  
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This is a combined experimental and computational 

study. Computationally, the cohesive finite element 

method (CFEM) is employed to track the fracture 

processes. The major fracture mechanisms 

considered include interlaminar delamination 

between composite plies with different fiber 

orientations, intralaminar cracking, core cracking 

and core-face debonding. In the CFEM framework, 

there are two main approaches to resolve crack 

initiation and growth. One approach is to insert 

cohesive elements ahead of the crack tip as the crack 

grows [4]. This method can avoid the cohesive 

surface induced stiffness reduction of the overall 

model caused due to a finite stiffness of the cohesive 

traction-separation relation. However, this approach 

is computationally expensive and requires specific 

fracture initiation criteria. Another approach 

involves embedding cohesive surfaces along all 

finite element boundaries as an intrinsic part of the 

physical model [5, 6]. The constitutive behavior of 

bulk phases and cohesive surfaces are specified 

separately. Dynamic crack initiation and growth can 

be tracked using this framework. Additionally, 

proper choice of cohesive surface stiffness and finite 

element size can alleviate and minimize the cohesive 

surface induced stiffness reduction [7]. 

2. Experimental facility and diagnostics 

Planar underwater impulses are generated using a 

novel experimental setup called the Underwater 

Shock Loading Simulator (USLS). The USLS 

consists of a projectile impact based impulsive 

loading mechanism and clamped and simply 

supported boundary conditions. The cylindrical 

structure is supported on a steel flange. This loading 

condition closely resembles that found in naval 

structures. A force transducer is mounted on the 

flange to measure impulses transmitted. The location 

of material failure in this configuration allows 

accurate time-resolved measurements using high-

speed digital imaging. Specifically, high-speed 

digital imaging and digital image correlation enables 

the study of deflection, face wrinkling, core face 

debonding, core compression, core shear cracking 

and rupture and their dependence on load intensity 

and core characteristics. This experimental setup is 

shown in Fig. 1.   

The USLS can generate impulsive loads with peak 

pressures within the range of 40-250 MPa, which 

resembles those created by underwater explosions.  

Fig. 2 shows the pressure histories of underwater 

impulses corresponding to different projectile 

velocities. 
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Fig. 1 Sectional view of Underwater Shock Loading 

Simulator (USLS) showing the setup for high speed 

digital imaging and digital image correlation 

analysis of the response of impulsively loaded 

cylindrical sandwich structures. 
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Fig. 2 Measured experimental pressure histories in 

the water chamber for four different projectile 

velocities. 

3. Materials 

The composite specimens are constructed with glass 

fiber reinforced plastic with two winding angles 

[45
o
] and [-45

o
]. The wall thickness of monolithic 

cylindrical specimens is 5.5 mm. For the sandwich 

structure, the outer face is 3.5 mm thick, the inner 

face is 2.5 mm thick and the sandwich core is 10 

mm thick. The core material is Divinycell HP100 

PVC foam manufactured by DIAB Inc. [8]. Fig. 3 

shows the different components of a filament wound 

composite cylinder. The sandwich structure is 
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manufactured by cutting the PVC foam into the 

required segments, inserting into concentric 

composite cylinders and impregnating the assembly 

with polyester resin. The inside surfaces of the 

cylindrical specimens are painted with an enamel 

spray to improve reflectivity for high-speed 

photography. 

Monolithic Cylindrical

Composite Structure
Sandwich Cylindrical

Composite Structure

Resin coat

Chopped strand mat

Structural layer

(+ 45)

Structural layer

(- 45)

Resin coat

Filament wound 

fiberglass
HP100

 

Fig. 3 Components of filament-wound, cylindrical 

fiberglass structure with [45
o
]/[-45

o
] orientations. 

4. Numerical Modeling 

Finite element simulations using the experimental 

conditions and independently measured material 

properties are conducted to support the experiments 

and gain insight into the response of the structures. 

The simulations account for the FSI effect at the 

water composite interface, shear cracking and 

fragmentation in the core, matrix cracking and fiber 

failure in the faces, and core face interfacial 

debonding. Both the bulk composite and PVC foam 

follow an isotropic linear elastic constitutive 

relation. Cohesive elements are specified between all 

bulk element boundaries in the glass-reinforced 

polyester as well as PVC foam.  The cohesive 

elements allow for damage initiation and 

development. For the zero-thickness cohesive 

elements, a bilinear cohesive law is adopted to 

govern traction-separation behavior. A schematic 

representation of the bilinear traction–separation law 

is shown in Fig. 4. Loading initially proceeds from 

point A to B, at which point softening occurs with 

increasing strain until failure at a separation of δ. 

Because it is not physically meaningful for 

compressive tractions to contribute to damage 

initiation, only tensile normal tractions are 

considered in the damage initiation rule. Damage 

initiated and failure in the interfaces follow the 

mixed-mode fracture criterion [9]. Details about the 

CFEM approach presented here can be found in [5, 

7, 10].  

After failure of the cohesive elements, contact 

between bulk elements leads to frictional sliding. 

The surfaces that are fractured are identified as 

potential contact regions and master and slave 

surface designations are assigned to the 

corresponding bulk element faces. When the 

surfaces come in contact with one another, the 

Coulomb friction law governs the interfacial 

frictional force. The coefficient of friction is 0.6, 

which is typical for composite sliding [11].  

CFEM models with cohesive traction-separation 

behavior with finite initial stiffness have two 

competing requirements on element size. The upper 

bound requires that the element size must be small 

enough to accurately resolve stress distribution 

inside cohesive zones at crack tips. The lower bound 

requires the cohesive surface induced stiffness 

reduction be minimal such that wave speed in the 

solid is not significantly affected. For the current 

analysis, the element size 50 µm and is calculated 

using the criteria specified in [7].  

A

B

C

P
σmax

δ0 δul δ
 

Fig. 4 Bilinear traction-separation law for cohesive 

elements. 

A Lagrangian formulation is adopted to simulate 

wave propagation in water. It captures the 

exponentially decaying pressure waves and 

ICCM19 2381



cavitation at the fluid structure interface. The 

response of water is described by the Mie-Gruneisen 

equation of state. 

5. Results 

5.1 Experimental results 

Structural attributes, loading intensities and 

constituent properties determine the overall fracture 

behavior through the activation of different fracture 

mechanisms which include delamination, 

interlaminar crack growth, intralaminar cracking, 

core-face debonding and fragmentation. In response 

to the impulsive loads specified in Fig. 2, a stress 

wave propagates through the curved composite 

laminate. The stress wave propagation is initially 

perpendicular to incident wave and follows the 

curvature of the cylindrical structure. Fig. 5 shows 

high speed photographs of a monolithic composite 

cylinder 5 mm in thickness subjected to an 

underwater impulsive load corresponding to a 

projectile velocity of 50 m/s. The high-speed 

photographs capture the dynamic deformation and 

warping in the composite cylinder. Figure 6 shows 

the post-test photographs of loaded specimens. 

Visual inspection reveals that delamination and fiber 

and matrix rupture are the major failure mechanisms 

in the cylindrical monolithic composite structure. 

Delamination is observed through the thickness in 

the filament wound plies while fiber and matrix 

cracking is observed on the inner and outer surfaces 

of the composite. For a similar incident impulse, the 

monolithic cylindrical sections experience 

significantly greater warping, delamination and 

cracking as compared to sandwich structures. In 

sandwich structures, the presence of a PVC foam 

core provides resilience and flexural stiffness and 

enhances the blast resistance of the structure and 

consequently, reduces delamination and interlaminar 

cracking. On the impulse side, the outer face 

experiences interlaminar cracking and fiber-matrix 

debonding and the inner face is relatively 

undamaged. Permanent core compression is not 

extensive and is restricted to the HP100 foam close 

to the loaded area. 

Overall, the following damage modes are observed 

in both structures: 

 delamination and interlaminar cracking 

 intralaminar cracking, matrix cracking and 

fiber rupture 

 structural deformation and warping 

 core compression and partial recovery. 

 

100 µs 200 µs 300 µs 400 µs

500 µs 600 µs 700 µs 800 µs

900 µs 1000 µs 1100 µs 1200 µs

1300 µs 1400 µs 1500 µs 1600 µs  

Figure 5 High speed photographs of a monolithic composite structure subjected to an impulsive load generated 

by a projectile velocity of 0V =50 m/s . 
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Side-viewImpulse side Support side

76 mm

20

mm
20
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100 mm 100 mm  

Figure 6 Post-mortem photographs of impulsively loaded cylindrical composite structure. Delamination and 

matrix cracking can be observed. The delaminated region is outlined in the impulse and support side pictures.  

Side-viewImpulse side Support side

91 mm

20

mm
20

mm

100 mm100 mm  

Figure 7 Post-mortem photographs of an impulsively loaded cylindrical sandwich composite structure. The 

delaminated region is outlined in the impulse and support side pictures. The areas of delamination on the 

impulse and support sides as well interlaminar cracking are both significantly smaller in the sandwich structure. 
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5.2 Validation of numerical model 

Results from the numerical analysis of the response 

of the cylindrical composite structures to localized 

blasts provides insight and a more in-depth 

understanding of the failure modes, damage 

initiation and growth, velocity transfer and energy 

dissipation. The cohesive finite element framework 

provides a means of evaluating the blast resistance 

of composite structures though explicit simulation of 

deformation processes in the structure. The 

boundary conditions applied to the model represent 

those in the experiments. The conditions closely 

resemble a cylindrical structure anchored to a larger 

structure, which is common for submarines, 

underwater pipelines and missiles. As in 

experiments, a planar underwater impulsive wave is 

incident on the side of the cylinder simulating a 

"side-on" loading condition.  

Figure 8 shows the stress wave propagation in a 

monolithic cylindrical composite structure. Figure 9 

shows a sequence of magnified images illustrating 

the damage initiation and growth process. As the 

stress wave propagates through the composite 

structure, the bonds between successive laminates 

fail and delamination occurs at =200 μst . When the 

interlaminar crack jumps from one interface to 

another, it inevitably leads to matrix cracking and 

intralaminar crack growth. Due to the dynamic 

nature of this process, buckling initiates in the 

composite structure and causes cracking and failure 

in the laminates as observed at  =600 μst . As 

deformation progresses, the intralaminar cracks link 

together to create a shear band along which the 

entire laminate undergoes failure and rupture. 

Figure 10 shows a comparison of experimentally 

measured and computationally predicted 

displacement and velocity profiles of the inner 

surface of an impulsively loaded monolithic 

composite cylinder. The simulation predicts a lower 

value of permanent displacement and velocity but 

the final value is within 5% of the experimentally 

measured value. 
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Figure 8 Stress wave propagation, deformation and failure in a cylindrical monolithic composite structure at 

different times. 
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200 µs 300 µs 400 µs 500 µs

600 µs 700 µs 800 µs 900 µs

1000 µs 1100 µs 1200 µs 1300 µs  

 

Figure 9 Damage initiation and growth in cylindrical composite structure under impulsive loading. 

Delamination initiates at  =200 μst , and buckling occurs at  = 400 μst . At = 600 μst , kinking occurs at the 

inner surface and causes cracking followed by rupture and fragmentation. 
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Figure 10 Comparison of experimentally measured and computationally predicted displacement and velocity of 

the inner face in a monolithic cylindrical composite subjected to an impulsive load corresponding to V0 = 50m/s. 

 

5.3 Numerical results  

The time histories of energy dissipation in the 

monolithic structure are shown in Figure 11(a-c). 

Dynamic compression in the bulk composite is the 

primary dissipation mechanism in the earlier stages 

of deformation, as the matrix absorbs the input 
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energy and accommodates the imposed deformation. 

Accordingly, delamination initiates soon after the 

onset of the impulsive load as the interlaminar 

interfaces fail due to shear stresses. The failed 

surfaces interact with each other causing friction. 

The frictional dissipation in the structure is initially 

significantly lower than fracture work but as the 

fracture surfaces interact with each other, frictional 

dissipation surpasses both strain energy as well
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Figure 11 Energy dissipation through dynamic deformation, fracture and friction of failed surfaces as a function 

of time for the monolithic cylinder. 

 

as fracture work. Figure 11(b) shows the energy 

dissipated due to the creation of new crack surfaces 

while Figure 11(c) shows energy dissipation due to 

friction between failed surfaces.  

Figure 12 shows the distributions of stress at 

different times for a cylindrical sandwich composite 

subjected to an underwater impulsive load. Initially, 

the stress wave travels through the outer face, 

creating highly stressed regions at the core-outer 

face interface. The core undergoes significant 

compression and minor cracking. Although large 

 scale delamination is caused due to the incident 

loads, intralaminar cracking does not initiate. Due to 

the absence of intralaminar cracking, there is no 

structural rupture in spite of the reduction in overall 

strength due to delamination. This indicates that in 

addition to improve the overall stiffness of the 

cylindrical structure, the PVC foam core also 

improves blast mitigation by alleviating some of the 

effects of flexural wave propagation in the 

composite sections. For similar incident impulsive 

loads, sandwich composites outperform monolithic 

composite.  

Figure 13 shows the time histories of displacement 

and velocity for the inner and outer face of a 

cylindrical sandwich composite structure subjected 

to an impulsive load corresponding to V0 = 50m/s. 

Initially, the core is compressed and the outer face 

travels faster than the inner face. As deformation 

progresses and the load is transmitted to the inner 

face, the inner face acquires velocity and travels in a 

direction opposite to the impulsive loading direction. 

The evolution of elastic strain energy, fracture work 

and frictional dissipation as functions of time is 

shown in Figure 14. The energy expenditure in the 

entire structure is shown in Figure 14(a). Elastic 

strain energy is higher in the initial stages of 

deformation. As damage initiates in the form of 

delamination, intralaminar cracking and core 

cracking, the magnitude of energy dissipated in 

formation of cracks increases monotonically. With 

an increase in overall fracture, the interactions 

between fractured surfaces also increases leading to 

high frictional dissipation. The fracture work and 

frictional dissipation both surpass the elastic strain 

energy. Figure 14(b) shows the energy dissipated 

due to the creation of crack surfaces. The outer face, 

which is in close proximity to the impulsive load, 

undergoes the highest fracture work while the core 

and inner face exhibit similar energy dissipation 

characteristics. Figure 15 shows the time histories of 

energy spent on creating cracks in different 
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components of the sandwich structure. Clearly, 

damage initiation and growth is affected by material 

orientation, interfacial effects and core cracking. 
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Figure 12 Distribution of stress at different times for a composite sandwich structure subjected to an underwater 

impulsive wave. 
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Figure 13 Numerically calculated displacement and velocity as functions of time for the inner and outer faces of 

a cylindrical sandwich composite structure subjected to an impulsive load corresponding to V0 = 50m/s. 
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Figure 14 Energy dissipated in a cylindrical sandwich composite structure subjected to underwater impulsive 

loading.
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Figure 15 Fracture work in different components of a cylindrical sandwich composite structure subjected to 

underwater impulsive loading. 
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Figure 16 Comparison of total energy dissipation in monolithic and sandwich structures subjected to similar 

impulsive loads. 

6. Conclusion 

The response of filament-wound cylindrical 

composite structures is investigated numerically and 

experimentally. The materials of choice are glass-

fiber reinforced polymer and structural PVC foam, 

commonly found in marine construction. 

Underwater impulsive loading experiments are 

conducted at a fixed stand-off distance with 

impulsive loads similar to those observed in an 

underwater blast. Fluid-structure interaction is 

captured using an equation of state for water. A 
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novel cohesive finite element framework is 

implemented to accurately track the various 

deformation mechanisms in composite structures. 

This framework is able to accurately depict 

interlaminar delamination and cracking, fiber and 

matrix damage, intralaminar and translaminar 

cracking and friction between newly created 

surfaces.  

Experiments show that monolithic and sandwich 

composite structures exhibit multiple competing 

failure modes include core compression, 

delamination, core-face debonding, translaminar 

cracking, matrix and fiber rupture. Maximum  core 

compression was observed on the side nearest to the 

blast load, indicating that the outer face deformed 

significantly into the core before recovering. For 

similar total masses, the sandwich structure provided 

considerably superior blast mitigation as compared 

to the monolithic structure. Overall, filament wound 

cylindrical structures exhibited good resiliency 

under blast loading. While the monolithic structure 

showed signs of severe internal damage and 

warpage, the sandwich structure was relatively 

unwarped and recovered most of the original 

geometry. 

Numerical simulations carried out in this analysis 

provide an insight into the deformation mechanisms 

and energy dissipation in the composite structures. 

Simulations show that interlaminar delamination is 

an important damage mechanism. Delamination 

contributes to only 20% of the overall fracture work 

and ~ 5% of total energy dissipation and it is the 

driving force for other failure modes in the 

composite. Delamination precipitates the formation 

of intralaminar and translaminar cracks which lead 

to catastrophic failure and rupture. Additionally, 

interlaminar cracks span across large sections of the 

composite while fiber and matrix cracking is 

restricted to small regions close to the loading area. 

Simulations reveal that friction between cracked 

surfaces is major source of energy expenditure and 

is comparable in magnitude to fracture work and 

strain energy. Cracking and friction at the core face 

interface is found to be negligible in all cases. This 

can be attributed to the presence of the low density 

foam core which does not provide a significant 

resistance to shear deformation.  

Computations reveal that cylindrical sandwich 

structures outperform monolithic structures 

significantly. The sandwich core helps mitigate the 

effects of high pressures on the cylindrical structure. 

Figure 16 shows a comparison of energy dissipation 

in the form of fracture, friction and elastic strain. 

Results indicate that for a similar applied impulse, 

the sandwich structure dissipates almost twice as 

much energy as the monolithic structure. This is 

primarily because of the presence of a compressible 

foam core and a thinner outer face which contribute 

to higher elastic strain and fracture work 

respectively. 

The cohesive finite element model provides a unique 

approach to track the different damage modes in 

curved composites. Although the numerical model 

captures the essential deformation mechanisms, it 

slightly overestimates the effects of matrix cracking 

and rupture. Therefore, the cohesive element 

properties need to be recalibrated to ensure accurate 

representation of experimentally observed failure 

characteristics. Additionally, the effect of core 

density on dynamic response of sandwich structures 

is an important aspect that needs to be investigated. 

The numerical capability can be utilized to design 

and optimize curved fiber composite structures 

subjected to side loading in navy vessels. In such an 

approach, the newly developed numerical scheme 

can provide an accurate and physically realistic 

representation of experimental results. This 

numerical scheme can be used for a variety of 

materials and structural geometries. 
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1 Introduction 

Polybenzoxazine offers an alternative to traditional 

phenolics, unsaturated polyester resins and epoxies 

because of its extensive flexibility in molecular 

design and excellent properties [1, 2]. The carbon 

fiber-reinforced polybenzoxazine composites 

displayed excellent mechanical and thermal 

properties, even exceeded bismaleimide composites 

and competed with polyimide composites [3]. 

Alkyne groups have been introduced in 

benzoxazine via molecular design. The 

acetylene-functional benzoxazines show high 

thermal stability after cured [4]

 

 

groups were synthesized as well. The curing 

reactions of the benzoxazines were traced by 

infrared in situ monitoring to investigate the effect 

of functional groups and benzoxazine ring on the 

cross-linking of the benzoxazines. The curing 

activation energy of the benzoxazine was worked 

out through thermal analysis and gel time test. 

. The high thermal 

stability and high glass transition of 

polybenzoxazines can also achieve if the molecular 

structure of benzoxazines was attached by cyano 

groups. Two kinds of benzoxazines (CP-p-appe, 

CP-m-appe) with cyano and propargyl groups were 

synthesized in this work. By comparison, two 

benzoxazines (P-p-appe, P-m-appe) with propargyl 

2 Experimental 

2.1 Materials 

p-cyanophenol (Kaisai Chemical), paraformalde 

hyde and 1,4-dioxane (Linfeng Chemical) were 

used as received. p- and m-Aminophenyl propargyl 

ether were prepared from the reaction of p- and 

m-aminophenol (Sinopharm Chemical Reagent)  

and propargyl bromide (Bangcheng Chemical) 

according to the reported method [5]

 

 

 

 

 

 

. All solvents 

were chemical pure and used as received.

 

 

 

 

 
 

OCH2C    CH
OCH2C    CH

NH2

OH

R

+ (CHO2)n+

(R= H, CN)
R

O N

(p- and m-)
R=H: P-p-appe; P-m-appe;
R=CN: CP-p-appe; CP-m-appe.

H2O+

 
Scheme 1 Synthetic route of the four Benzoxazines 
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2.2 Synthesis of four benzoxazines 

0.025 mol p- or m-aminophenyl propargyl ether, 

0.025 mol p-cyanophenol, 0.05 mol 

paraformaldehyde and 200 mL 1,4-dioxane were 

added into a 500 mL four necked round flask 

equipped with a mechanical stirrer, a thermometer 

and a condenser. The reaction was kept at refluxing 

temperature. The resultant was cooled to room 

temperature after 5 h and purified by rotary 

evaporating, dissolving, alkalic and water washing, 

separating, vacuum drying to obtain brown viscous 

benzoxazines (CP-p-appe and CP-m-appe) with 

cyano and propargyl groups. The synthesis of the 

benzoxazines (P-m-appe and P-p-appe) with 

propargyl group was referred to Ishida and 

coworkers’ processes [5, 6]

2.3.1 Infrared in situ monitoring 

. A synthetic route of these 

benzoxazines is shown in Scheme 1. 

2.3 Measurements 

The viscous benzoxazines were coated on KBr 

round pellet to form a thin film by a KW-4A 

spinning machine. The coated KBr pellet was put in 

the hot cell of Thermo’s HT-32 which was 

programmable to control heating rate. The 

benzoxazines on the KBr round pellet were 

non-isothermally polymerized in HT-32 under air 

atmosphere. FTIR spectra were acquired at a 

resolution of 4 cm-1 

2.3.2 Differential scanning calorimetry (DSC) 

with 16 coadditions equipped 

with a deuterated triglycine sulfide (DTGS) 

detector in the range of room temperature to 355℃ 

at heating rate of 5℃/min. The data were collected 

every 5 min. 

A benzoxazine sample was put into an aluminum 

plate, with the weight of about 1 mg. Then the plate 

was put in the DSC Q2000 measuring chamber 

under nitrogen atmosphere with the nitrogen flow 

of 50 mL/min, and run at heating rates of 5 ℃/min, 

10 ℃/min, 20 ℃/min, 30 ℃/min and 40 ℃/min, 

respectively from room temperature to 350℃. All 

benzoxazines were tested in the same way. 

2.3.3 Gel time 

According to ASTM D3056, the gel time of the four 

benzoxazines were tested by flat knife method at 

temperature of 160℃ ,170℃ , 180℃ ,190℃ , and 

200℃, respectively.   

3 Results and discussion 

3.1 Curing behavior of four benzoxazines  

The cross-linking of propargyl and cyano- 

functionalized benzoxazines were examined by 

DSC (Fig. 1). The results exhibit that there are only 

one exothermic peak with maximum temperature at 

232 ℃ and 244 ℃ in P-p-appe and P-m-appe, 

respectively. However, the exothermic peaks of 

CP-p-appe and CP-m-appe become broad and 

present shoulder peaks when cyano group 

incorporated into P-p-appe and P-m-appe. It implies 

that introduction of cyano group in the 

benzoxazines with propargyl groups affect their 

curing behaviors. The curing reactions of cyano and 

propargyl groups as well as oxazine ring in the 

benzoxazines occur simultaneously. 
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Fig.1. DSC curves of four benzoxazines with functional 

groups (heating rate: 10 ℃/min) 

3.2 In situ monitoring of curing reaction of four 
benzoxazines 

Fourier transform infrared can be used to follow 

those different polymerization reactions 

simultaneously occurring in the same molecule [7]. 

The characteristic peaks of the four benzoxazines 

are chosen and monitored during curing process. 

Fig.2 to Fig.5 show FT-IR spectra of P-p-appe and 

CP-p-appe at different temperatures. The absorbing 

peaks at 2222 cm-1and 2120 cm-1 are attributed to 
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cyano and alkyne groups, respectively. The 

absorption bands could be followed and scanned for 

study on the cross-linking kinetics for the 

benzoxazines. The results display that both peaks 

decrease gradually as the reactions proceed. 

Although the initial thickness of a sample cell is 

constant, the volume contraction could be arose 

from occurrence of the curing of the samples, and 

result in the change of the sample thickness and 

induce an error between the actual and measured 

absorbance. The absorption peak at 1613 

cm-1 which is assigned to νC=C

00 /)( CCC −=α

 in benzene ring and 
basically constant, was chosen as the internal 

standard in order to eliminate the error. The 

relationship between the conversion ratio and the 

concentration of monomers can be expressed as: 

  (1) 

Where C0
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 is the initial concentration of the 

monomers, and C is the concentration of monomers 

at time t.  

 
Fig.2. FT-IR spectra of P-p-appe containing propargyl 

group at different temperatures 
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Fig.3. FT-IR spectra of CP-p-appe containing cyano and 

propargyl groups at different temperatures 
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Fig.4. FT-IR spectra of P-m-appe containing propargyl 

groups at different temperatures 
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Fig.5. FT-IR spectra of CP-m-appe containing cyano and 

propargyl groups at different temperatures 
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The absorbance of the reactive groups at different 

temperatures and times can be measured, and the 

conversion ratio of cyano and propargyl groups can 

be calculated. The conversions of cyano and 

propargyl groups of four benzoxazines versus time 

are shown in Fig. 6 to Fig. 8. The results show that 

the conversion of two kinds of functional groups in 

the benzoxazines arises with increase of curing time. 

The conversion of propargyl group is much quicker 

than that of cyano group. The maximum conversion 

of popargyl groups ranges from about 96% to 

nearly 100%, and it is larger than that of the cyano 

groups which have a maximum conversion of 75% 

in CP-m-appe and 66% in CP-p-appe at the 

temperature of 350℃. The conversion of the cyano 

group increases remarkably while the reaction time 

ranges from 30 min to 40 min. The corresponding 

curing temperature ranges from 165℃ to 215℃.  
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Fig.6. The conversion of propargyl group in P-p-appe 

and P-m-appe versus time 

-10 0 10 20 30 40 50 60 70

0

20

40

60

80

100

 

 

C
o
n
ve

rs
io

n
/%

Time/min

 Propargyl in CP-p-appe
 Cyano in CP-p-appe
 Propargy in P-p-appe

Fig.7. The conversion of cyano and propargyl groups in 

CP-p-appe versus time 

While the conversions of propargyl groups are 

stable and close to 100%, the corresponding 

reaction temperature is close to 260℃. The 

conversion of the propargyl in P-p-appe is near to 

that in P-m-appe. The effect of cyano group on the 

conversion of the propargyl in CP-p-appe is not 

obvious. However, the cyano group in CP-m-appe 

influence the conversion of the propargyl group in 

CP-m-appe remarkably. The conversion of 

propargyl group in CP-m-appe is lower than that of 

propargyl group in P-m-appe. 
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Fig.8. The conversion of cyano and propargyl groups in 

CP-m-appe versus time 

3.3 Calculation of activation energy by DSC 

The kinetics analysis in this study following the 

Kissinger (differential method) and Ozawa (integral) 

of multiple scanning non-isothermal method, then 

we can work out the kinetic parameters and make a 

comparison between them. The advantage of using 

the two methods is that under the premise of no 

kinetic model function, and the reliable values of 

apparent activation energy and frequency factor can 

be achieved. 

The Kissinger function [8] is as follows: 









+−=











ap

a

p E
AR

RT
E

T
lnln

2

β

  (2) 

While β is linear heating rate, ℃/min; Tp, peak 

temperature, K; Ea, apparent activation energy for 

the curing reaction, KJ/mol; R, molar gas constant; 

and A, pre-exponential factor. 

And the Ozawa function [9] is as follows: 
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While g(a) is the integral mechanism function; β, 

linear heating rate, ℃ /min; T, thermodynamic 

temperature; Ea
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, R and A are the same as 

above-mentioned. The DSC spectra of P-p-appe and 

CP-p-appe at different heating rates are displayed in 

Fig.9 and Fig.10. The DSC analysis of P-m-appe 

and CP-m-appe at different heating rates was 

implemented as well. According to the peak 

temperature, the parameters in Kissinger and 

Ozawa function are given in Table 1 to Table 4.  

Fig.9. DSC spectra of P-p-appe at different heating rate 
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Fig.10. DSC spectra of CP-p-appe at different heating 

rate 

Kissinger Fitting 

Take ln(β/Tp
2) as the ordinate, 1/Tp as the abscissa, 

then make a plotting. The fitting functions are 

obtained respectively. The linear regression 

coefficients R2

Ozawa Fitting 

 are 0.9400, 0.9785, 0.9691 and 

0.9980, respectively. According to the slope, the 

apparent activation energy Ea of the curing of the 

benzoxazines are figured out and about 133, 126, 

124 and 141 KJ/mol, respectively. Based on the 

intercept, the frequency factor lnA are also worked 

out and are 30.93, 29.12, 28.38, and 31.08, 

respectively. 

Take lnβ as the ordinate, 1/Tp as the abscissa. After 

making a plotting, the fitting functions are got 

respectively. The linear regression coefficients R2 

are 0.9468, 0.9812, 0.9730 and 0.9983, respectively. 

And according to the slope, the apparent activation 

energy Ea are about 135, 128, 126 and 142 KJ/mol, 

respectively. According to the intercept, the 

frequency factor lnA are 31.39, 29.68, 28.99 and 

31.51, respectively. The results show that the 

introduction of cyano group into P-p-appe and 

meta-propargyloxy can decrease Ea, but the 

introduction of cyano group into P-m-appe causes 

enhancement of Ea. As seen above, with the 

increasing of heat rate, the peak temperature in 

DSC curves may shift to the high temperature zone. 

Kssinger fitting and Ozawa fitting are two 

wonderful methods to figure out the approximate 

apparent activation energy and frequency factors of 

the benzoxazines during cross-linking. And the 

linear regression coefficients (R2

3.4 Calculation of activation energy by gel time 

) are all close to 1. 

It means that the fitting is feasible.  

At the higher temperature, the thermosetting resin 

reaches its gel points more quickly and its gel time 

will be shorter [10]. An Arrhenius model is mostly 

used to predict the gelation behavior of 

cross-linking resins [11-13]

)/exp( TEAtgel ∆=

. And the Arrhenius 

function can be written as follows: 

 (4) 

)/(lnln TEAtgel ∆+=
 (5) 

where A is a constant, ΔE, an activation energy with 
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Table 1 Various parameters in linearization fitting (P-p-appe) 

β/℃⋅min T-1 p (1/ T/K p)×10 (1/T-3 p
2)×10 (β/T-6 p

2)×10 ln(β/T-6 p
2 lnβ ) 

5 502.84 1.9887 3.9549 19.7745 -10.8311 1.6094 

10 505.40 1.9786 3.9149 39.1490 -10.1481 2.3026 

20 518.41 1.9290 3.7210 74.4200 -9.5058 2.9957 

30 526.37 1.8998 3.6092 108.2760 -9.1308 3.4012 

40 532.52 1.8779 3.5265 141.0600 -8.8663 3.6889 

Table 2 Various parameters in linearization fitting (CP-p-appe) 

β/℃⋅min T-1 p (1/ T/K p)×10 (1/T-3 p
2)×10 (β/T-6 p

2)×10 ln(β/T-6 p
2 lnβ ) 

5 503.51 1.9861 3.9446 19.7230 -10.8337 1.6094 

10 517.29 1.9332 3.7373 37.3730 -10.1946 2.3026 

20 522.96 1.9122 3.6565 73.1300 -9.5233 2.9957 

30 532.57 1.8777 3.5258 105.7740 -9.1542 3.4012 

40 540.46 1.8503 3.4236 136.9440 -8.8959 3.6889 

Table 3 Various parameters in linearization fitting (P-m-appe) 

β/℃⋅min T-1 p (1/ T/K p)×10 (1/T-3 p
2)×10 (β/T-6 p

2)×10 ln(β/T-6 p
2 lnβ ) 

5 502.65 1.9895 3.9581 19.7905 -10.8303 1.6094 

10 509.01 1.9646 3.8597 38.5970 -10.1623 2.3026 

20 521.54 1.9174 3.6764 73.5280 -9.5178 2.9957 

30 529.47 1.8887 3.5672 107.0160 -9.1425 3.4012 

40 536.11 1.8653 3.4793 139.1720 -8.8798 3.6889 

Table 4 Various parameters in linearization fitting (CP-m-appe) 

β/℃⋅min T-1 p (1/ T/K p)×10 (1/T-3 p
2)×10 (β/T-6 p

2)×10 ln(β/T-6 p
2 lnβ ) 

5 525.71 1.9022 3.6184 18.0918 -10.9201 1.6094 

10 535.53 1.8673 3.4868 34.8680 -10.2639 2.3026 

20 547.52 1.8264 3.3357 66.7140 -9.6151 2.9957 

30 553.57 1.8065 3.2634 97.9020 -9.2315 3.4012 

40 559.78 1.7864 3.1913 127.6520 -8.9662 3.6889 

 

an unit in Kelvin, T, temperature in Kelvin.  

The gel time of the four benzoxazines at different 

temperatures are shown in the Fig.11. Take ln(tgel) as 

the ordinate, 1/T as the abscissa (in Fig.12), the value 

of A and ΔE were figured out. And they are 

determined to be 1.78×10-12, 7.99×10-12, 2.15×10-11 

and 9.80×10-14

430 440 450 460 470 480

0

2000

4000

6000

8000

10000

 
 

t g
e
l/s

Temperature/ ℃

 P-p-appe
 P-m-appe
 CP-p-appe
 CP-m-appe

, and 130, 124, 120, and 138 kJ/mol, 

respectively. The activation energy of the 

benzoxazines in gel process shows a similar trend in 

cross-linking. The introduction of the cyano group in 

P-p-appe decreases the activation energy of gelling, 

whereas the cyano group in P-m-appe has the 

activation energy of gelling increased. 

Fig.11. Dependence of gel time upon temperature for four 

benzoxazines 
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Fig.12. Linearization fitting of the gelation behavior of the 

benzoxazines 

4 Conclusions 

Infrared spectroscopy has shown to be a wonderful 

method for the study of curing reaction of 

benzoxazines containing cyano and propargyl groups. 

The conversion of the propargyl group is higher than 

that of the cyano group during curing reaction. And 

the conversion of the cyano group of CP-m-appe is 

higher than that of CP-p-appe. The effect of 

introduction of cyano group in P-m-appe is more 

distinct than that in P-p-appe. The conversion of the 

propargyl in CP-m-appe is slower than that in 

P-m-appe. The apparent activation energies of the 

benzoxazines in curing were worked out through 

Kssinger and Ozawa fitting. The activation energies 

of the benzoxazines in gelling were also figured out. 

For Kssinger fitting, the Ea
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Wind is an attractive and  green source for the 

generation of electricity, but this source will only be 

practical if its cost can be on par with the currently 

available popular sources, i.e. coal, gas and 

hydroelectric.  As a result, wind turbine blade 

manufacturers are constantly looking for cost-

effective material systems to reduce the cost of wind 

energy.  Wind farm operators are likewise looking 

for cost-reducing options, and increasing blade 

lengths is one means of increasing the energy that 

can be realized from a wind turbine installation 

because the output of a wind turbine is proportional 

the cube of the length of the blades.  Thus, if cost-

effective wind energy can be achieved, then it will 

assist in meeting the goal stated in 2008 by the 

Department of Energy of having 20% of the 

electricity needs of the U.S. derived from the wind 

by 2030 [1]. 

Blade stiffness is a primary concern in the design of 

a wind turbine blade.  The stiffness needs to be such 

that the shape of the blade is effectively the same for 

all wind speeds.  However, such stiffness needs to be 

achieved while keeping weight at a minimum, i.e. 

high specific stiffness.  Thus, aligned-fiber 

reinforced composites are the material system of 

choice for wind turbine blades and specifically    

resin infused non-crimp fabrics (NCFs). 

To calculate the effective stiffness of the overall 

blade and the variations in stiffness in local areas of 

the blade, a complete and credible map of the 

formed blade needs to be available to the design 

engineer.  Such a high-fidelity map would describe 

the orientations of the yarns from point to point 

throughout the blade and also denote the locations of 

any defects that result from the manufacturing 

process and thereby compromise the structural 

integrity of the blade in service (Fig. 1).  Such 

defects can be in the form of (a) out-of-plane waves 

(wrinkles), (b) folding, (c) in-plane waves, and 

(d) fabric tearing.  The out-of-plane waves and folds 

can lead to resin-rich pockets.  All of these defects 

will result in compromised load carrying paths.    

 

 

Fig. 1 Fabric defects that may occur during the 

forming process 

 

The current methodology to calculate the effective 

stiffness of a wind turbine blade uses a zone based 

approach.  This approach divides the model into 

zones, where each zone has a specified ply stack up 

and the effective material properties of a zone are 

calculated using Composite Laminate Theory (CLT). 

While the zone-based models may be practical on a 

global scale, they may over- or under-predict the 

localized stiffness of the structure. They also do not 

consider the existence of defects that may be present 

in the composite structure. Hence, the use of 

knockdown factors is common practice to 

compensate for any uncertainties in the model, such 

as fiber misalignment and other defects. An 

alternative to the zone-based model is to use a ply-

based approach. A ply-based model allows entire 

plies to be added or removed from the structure. 

Fig. 2 depicts a four-ply structure which requires 

eight zones to be properly modeled using a zone 

based approach. Using the ply-based approach 

allows plies to be added or removed from the 

structure with ease. In the zone-based approach, 

multiple zones may be affected with the addition or 

removal of a ply.  Both methods require the 
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assumption that the material properties are uniform 

within a ply or within a zone.  Thus, neither method 

can consider any variations within its defined area 

and will lead to discontinuities in the material 

properties between adjacent areas. 

Recent work using the finite element method to 

simulate the composite manufacturing process has 

shown promise as a robust methodology leading to a 

high-fidelity map of the formed fabric [2]. The 

method considers the mechanical behavior of each 

ply where the fabric is modeled using a mesh 

comprised of beams and shells.  The beams 

represent the yarns, and the shells account for the 

shear stiffness of the fabric.  As the fabric is formed 

to the shape of the mold, the beams automatically 

track the movement of the yarns.  The result is a 

continuous and high-fidelity map of the yarns 

throughout the part.  Such a model removes the need 

for zone based finite element models of a composite 

structure because it produces a model that is a 

continuous description of the effective material 

properties throughout the structure.  The beam-shell 

model has the additional advantage as a seamless 

approach to modeling the forming of a composite 

structure from flat fabric blanks that can 

subsequently give a finite element model of the 

formed part that accounts for the changes in the 

orientations of the fabrics resulting from the forming 

process.   

   

 

Fig. 2. Comparison of composites structural finite 

element techniques [3] 

 

This paper presents a methodology for finding the 

respective contributions of the yarns and the resin to 

the material properties of the cured composite.  The 

process goes beyond using the commonly used Rule 

of Mixtures, which is an area based approach.  In the 

proposed methodology effective area moments of 

inertia are used in conjunction with knowing the 

locations and orientations of the yarns within the 

structure. With these contributions known, the 

effective material properties of each formed ply can 

be included in the finite element model of the cured 

part for any yarn orientation.    

2 Background 

Previous work has used the beam-shell model to 

simulate the manufacturing process of a 9-m 

CX-100 wind turbine blade (TPI Composites, 

Warren, RI) for dry fabrics using Abaqus/Explicit 

[1]. This modeling approach uses beam elements to 

represent the tensile properties of the yarns and shell 

elements to represent the shear properties of the dry 

fabric. Fig. 3 shows a unit cell of such a modeling 

approach for the case of a 0/90 stitched fabric.  

Details of the beam-shell model are given in [4]. 

 

 
Fig. 3. Fabric unit cell [4] 

 

Fig. 4 shows an example step from the simulation of 

the forming of a wind turbine blade.  The fabrics 

were initially flat before being pushed into the mold.  

The simulation allows for the automatic tracking of 

the movement of the yarns. The formation of any 

defects such as fabric wrinkling, folding or tearing 

that may occur during the forming process can be 

observed in this forming simulation.  This defect 

information can be used to guide changes in the 

manufacturing process so as to minimize the 

potential of such defects from occurring.  

 

 
Fig. 4. CX-100 finite element model [1] 
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3 Theory  

Consider a single-ply fiber-reinforced composite flat 

plate of thickness t.  A finite element model of the 

plate can be made using a mesh comprised of unit 

cells as shown in Fig. 3.  The respective 

contributions of the yarns and the cured resin to the 

effective stiffness of the plate can be backcalculated 

from flexure test data.  The in-plane stiffness will be 

a function of the respective elastic moduli, and the 

bending stiffness will be a function of the respective 

area moments of inertia.  

First consider the effective area moment of inertia 

and elastic modulus of a unit cell of the-cured 

composite plate in one direction.  The area moment 

of inertia, I, of the flat plate in the undeformed state 

is calculated based on the width of the unit cell, w, 

and the bending stiffness of the plate, D, 

                          (1)                                                                                                                          

where the bending stiffness is a function of the 

thickness of the sample, t, and Poisson’s ratio, ν, 

such that, 

  
  

  (    )
              (2)                                                                                                                          

The bending stiffness, B, of the unit cell can be 

calculated using the test data from a simply-

supported plate (Fig. 5) with an applied line load, F, 

in the middle as, 

     
  

   
(
 

 
)             (3)                                                                                                                                          

 

where L is the length between the two supports, 

F/δ is the slope of the load displacement curve, 

and N is the number of yarns that are carrying 

the load. The effective elastic modulus, E, of the 

plate is calculated by, 

  
 

 
             (4) 

Knowing the cross sectional area of the plate, A, and 

using the effective elastic modulus, E, as found from 

Eq. 4, the rule of mixtures can be used to find the 

respective elastic moduli of the yarns, EY, and the 

resin, ER, i.e.   

                                                (5)                                   (4) 

where     , cross-sectional area of the plate, AY  

is the cross sectional area of the yarn, AR is the cross 

sectional area of the resin, and the combination of 

the two areas is equal to the total measured cross-

sectional area, A. Because the unit cell of the 

composite is modeled with a shell that fills a volume 

that is greater than the actual resin volume in the 

composite, the resin contribution to the stiffness, 

ER*, is found by the ratio of the resin cross section 

area to the total cross section area of the unit cell  

such that, 

  
  

    

 
.                                                (6)                                    (5) 

Similar to the rule of mixtures as given by Eq. 5, the 

yarn and resin contributions to the effective area 

moment of inertia can be calculated by starting with, 

          
                                        (7)                              

where IY and IR are the respective area moments of 

inertia of the yarn and the resin. Eq. 7 can be 

combined with Eq. 1 and Eq. 2 and rearranged to 

give, 

   
    

  

  
                                                 (8)                                                                                                                                                     

After AY and IY are calculated, their values can be 

implemented into a general beam cross-section 

definition in Abaqus/Explicit, and the experimental 

bending stiffness can be compared to the finite 

element model bending stiffness. 

 

 

Fig. 5. Experimental bending test setup 

4 Experimental  

Each fabric that is used in the manufacturing of the 

CX-100 wind turbine blade was tested individually 

to determine the material properties of the respective 

composite. The material that will be presented in this 

paper is an epoxy/resin matrix reinforced with an 

unbalanced fiberglass NCF sold by Vectorply as 

E-LT 5500 and is shown in Fig. 6. The fabric is a 

biaxial NCF. The top layer of fibers runs in the 0° 

direction while the bottom layer of fibers runs in the 
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90° direction. It can be seen in Fig. 6 that the 0° 

yarns are spaced tighter than the 90° yarns. The two 

layers of fabric are connected by a zigzag polyester 

stitching. The stiches hold the plies together during 

the layup process and also define the spacing of the 

tows of the fabric. This particular fabric architecture 

results in an unbalanced layup where the stiffness of 

the material in the 0° direction is greater than the 

stiffness of the material in the 90° direction. 

 

 
Fig. 6. E-LT 5500 fabric (a) 0° (b) 90° 

 

The unit cell definition for this particular fabric is 

shown in Fig. 7. The dimensions of the unit cell 

were determined by counting the number of tows, 

i.e. yarns, contained in a measured sample to 

calculate the average the unit cell size (5.13 mm x 

3.62 mm) over for the fabric sample. 

 

Fig. 7. Unit cell definition for E-LT 5500 fabric  

(a) 0° (b) 90° 

 

4.1 Sample Fabrication 

Samples of cured plates were created using one-ply, 

three-plies, and five-plies of fabric. The fabric was 

infused with commercially available epoxy resin to 

create a 55:45 fiber/matrix volume ratio. The 

samples were cured in a press at a pressure 

equivalent to atmospheric pressure to simulate the 

curing conditions of a vacuum bag.  The press 

platens were heated to increase the cure rate of the 

resin. The samples were then cut into 127 mm x 

127 mm plates as depicted in Fig. 8. 

 

 

4.2 Plate Bend Tests 

All plates were tested on the Instron 8511 universal 

testing machine with a 20-kN load cell on a three-

point bend test setup. The cylindrical supports had 

25.4-mm diameters and were spaced 101.6-mm 

apart. The load was applied equidistant from the two 

supports by a 25.4-mm diameter cylinder attached to 

the Instron load cell (Fig. 5).  

The data from the tests were plotted (Fig. 9) and the 

force/displacement behavior of the sample was 

determined. The average of the plates with one-ply 

was used to calculate the material properties 

described in Section 3 of this paper. The three- and 

five-ply samples were used to validate that the 

effective stiffness of these plates were properly 

captured in the finite element model. For further 

validation of the model stiffness, the three-ply plate 

was rotated 45° on the bend test setup and tested at 

the rotated configuration. 

 

 

Fig. 8. Manufactured samples for testing 

 

 

 

Fig. 9. Bend test data 

 

 

(a) (b) 

ICCM19 2402



 

 

4.3 Impact Modal Tests 

To examine how the stiffness of the composite plate 

was coupled with its mass distribution, impact 

modal tests were performed to measure the mode 

shapes and natural frequencies of a three-ply plate. 

The test setup, shown in Fig. 10, consisted of the 

plate suspended by fishing line to approximate free-

free boundary conditions. An accelerometer 

mounted to the back of the plate on the bottom right 

corner and an impact hammer with a force sensor in 

the hammer head was used to impact the points on a  

5 X 5 grid drawn on the plate.  The signals were 

analyzed using a DACTRON data acquisition 

system and the data was processed using the 

commercially available software RT Photon.  

 

Fig. 10 Impact modal testing setup 

 
The frequency response function was calculated as 

the ratio of the input autopower spectrum from the 

hammer impact to the cross-power spectrum 

between the impact and the response measured by 

the accelerometer. The frequency response function, 

which can be seen on the computer screen in Fig. 10, 

is used to determine the natural frequencies and 

mode shapes. The peaks of the frequency response 

function occur at the poles of the system, and the 

poles occur at the natural frequencies of the system. 

The amplitude of the peaks is proportional to the 

amplitude of the mode shape at the impact location. 

By impacting all 25 grid points on the plate, the 

mode shape of the plate at the natural frequencies 

can be determined. 

 

5 Finite Element Modeling 

A corresponding Abaqus/Standard finite element 

model was made for each tested plate configuration, 

i.e. one, three and five plies. Finite element models 

were created to represent each plate using both a 

beam-shell model and an orthotropic shell model. 

The beam-shell model was created using the 

equations from Section 3 with the bend tests to 

calculate the effective stiffnesses of the resin and the 

yarns in the composite. Each ply was represented by 

a layer of unit cells as shown in Fig. 3. Multiple-ply 

plates were created by stacking layers of unit cells 

on top of each other and using tie constraints to 

“bond” the plies in the plate. 

The orthotropic shell models were created using the 

composite layup feature in Abaqus/CAE.  This 

feature allows the user to define a lamina material 

with separate elastic moduli in the 0° and 90° 

directions. The effective elastic moduli in the 0° and 

90° directions were found from the experimental 

bend test data.   The shear modulus in each direction 

as well as the in-plane Poisson’s ratio is also defined 

by the user using CLT. The composite layup feature 

allows the user to define the number of plies defined 

in a shell element as well as the material orientation 

of each ply. The material properties used in the 

model are summarized in Table 1. 

 

Table 1. Material properties used in models 

Property Value 

E [GPa] 
0° 49.00 

90° 15.50 

Er [MPa] 2950 

νr 0.300 

Ir [mm
4
] 

0° 0.441 

90° 0.625 

Ey [GPa] 60.58 

Iy [mm
4
] 

0° 0.310 

90° 0.128 

t [mm] 1.100 

 

The beam-shell and orthotropic shell models were 

then used to simulate the flexure experiments 

performed on each plate. The finite element results 

were then compared to the experimental data to 

examine how well the each model correlated to the 

observed test results of that plate. 
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5.1 Plate Bend Tests 

The bend tests were simulated by prescribing 

boundary conditions to the plate models to be 

analogous to the roller supports and the loading 

condition provided by the Instron. A displacement 

was applied to the middle of the model, and the 

Force/Deflection behavior for each plate was 

compared to experimental data. The results for the 

plates oriented at 0° can be viewed in Table 2. 

The beam-shell model and the orthotropic shell 

model results correlate within a 10% of the values 

concluded from the flexure tests. Because the 

material properties defining the model were 

calculated from the test data, this good correlation 

was expected.  

 

Table 2. Comparison of finite element and 

experimental data for 0° bend tests 

No. 

of 

Plies 

0° Bending [N/mm] 

EXP 
Beam-Shell Orthotropic Shell 

FEA % Diff FEA % Diff 

1 Ply 29.17 30.78 5.52% 31.26 7.14% 

3 Ply 904.3 824.4 -8.84% 838.5 -7.28% 

5 Ply 3969 3725 -6.13% 3834 -3.41% 

 

The same type of comparison between the beam-

shell and orthotropic finite element models and the 

experimental data for the 90° bend tests can be 

found in Table 3.  There is likewise good correlation 

between the finite element models and the 

experimental data. 

 

Table 3. Comparison of FEA and experimental data 

for 90° bend tests 

No. 

of 

Plies 

90° Bending [N/mm] 

EXP 
Beam-Shell Orthotropic Shell 

FEA % Diff FEA % Diff 

1 Ply 10.34 10.51 1.70% 10.35 0.11% 

3 Ply 288.1 285.7 -0.80% 278.4 -3.34% 

5 Ply 1260 1305 3.62% 1279 1.51% 

 

To validate the ability of the model to predict 

stiffness, an additional test was run to compare the 

bending stiffness of the models to the test data. In 

the experimental test, the model was rotated on the 

bend test setup by 45° to bend the yarns in the 0° 

and 90°, simultaneously. However, because the unit 

cell was not square for this fabric, simple boundary 

conditions could not be prescribed at the nodes that 

were coincident with the location of the supports to 

simulate the test conditions. Instead, rigid body 

elements were used to construct rollers analogous to 

the rollers used on the Instron. The model is shown 

in Fig. 11.  To validate the use of the rigid body 

rollers the 0° and 90° bend tests were run using the 

rigid body rollers and the results did not change.  

 

 
Fig. 11. Rigid body elements used to model 

boundary conditions of 45° bend test 

 
A deflection was applied to the model, and the 

resulting Force/Deflection behaviors between the 

tests and finite element models are compared in 

Table 4. The good correlation between the test data 

and the finite element models suggests that the finite 

element models are correctly representing the 

stiffness of the composite plates. 

 

Table 4. Comparison of FEA and experimental data 

for 45° bend test of 3-ply plate 

45° Bending [N/mm] 

EXP 
Beam-Shell Ortho. Shell 

FEA % Diff FEA % Diff 

359.3 390.4 8.57% 383.3 6.68% 
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5.2 Modal Tests 

To find the mode shapes of the finite element 

models, an eigensolution was performed to solve the 

equation 

[[ ]  [ ] ]{ }                                               (9) 

where [K] represents the stiffness matrix of the finite 

element model and [M] represents the mass matrix. 

The eigenvalues represent the natural frequency of 

the system, and the corresponding eigenvectors 

represents the corresponding mode shape of the 

system [5].  The natural frequencies of the test data 

and the models are compared in Table 5. The natural 

frequencies of both models fall within 2% of the 

experimental values, indicating good correlation. 

Table 5. Comparison of experimental and FEA 

natural frequencies of a 3-ply plate 

Mode EXP 
Beam-Shell Ortho. Shell 

FEA % Diff FEA % Diff 

1 1T 379.2 377.18 -0.48% 371.46 -1.99% 

2 1B(90°) 617.3 615.63 -0.22% 619.05 0.33% 

3 2T(90°) 988.4 973.62 -1.46% 973.68 -1.45% 

4 1B(0°) 1050 1045.3 -0.45% 1039.0 -1.05% 

5 2T(0°) 1280 1279.4 -0.05% 1266.5 -1.05% 

T=Torsion mode and B=Bending mode 

 

Fig. 12 shows the measured experimental mode 

shapes in black superimposed on the finite element 

model mode shapes in gray. The model shows 

excellent correlation to the test data.  

 

 
Fig. 12 Experimental and FEM mode shapes  

of a 3-ply plate 

 

To measure the correlation between the test mode 

shapes and the finite element model mode shapes, 

the Modal Assurance Criteria (MAC) were used.  

The MAC values for the i
th 

FEA mode, ui, and the j
th
 

experimental mode, ej can be calculated by 

      
({  }

 {  })
 

({  }
 {  })({  }

 
{  })

                                  (10) 

For perfect correlation between the experimental test 

data and finite element data, the MAC matrix will be 

an identity matrix.  

The commercially available software, FEMtools was 

used to calculate the MAC values between the finite 

element model and the test data. This software 

calculates the MAC values as percentages. The 

graphical representation of the MAC matrix for the 

beam-shell model to the experimental data is shown 

in Fig. 13. The matrix is plotted as a bar chart where 

the location in the matrix is represented by the 

coordinates of the bar, and the value in the 

corresponding matrix location is represented by the 

height of the bar. The MAC matrix appears to be a 

diagonal matrix, indicating that the correlation 

between corresponding mode shapes of the beam-

shell model and the experimental data is high. The 

off-diagonal terms in the MAC matrix have a low 

value, indicating that each mode calculated by the 

finite element model only correlates with the 

corresponding mode measured experimentally. 

 

 
Fig. 13. MAC matrix for beam-shell model vs. 

experimental data for a 3-ply plate 

 

The graphical representation of the MAC matrix for 

the orthotropic shell model to experimental data 

correlation is shown in Fig. 14. Again the MAC 

matrix shows a high level of correlation between the 

corresponding modes of the systems and, as 
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expected, low correlation between the modes that do 

not correspond.  

The MAC values along the diagonals from Fig. 13 

and Fig. 14 are compared in Table 6.  It can be seen 

in this table that the two modeling approaches give 

equally good MAC values.  These values 

demonstrate a high level of correlation between the 

experimental results and both models. These model 

data suggest that both finite element schemes can 

accurately capture the mass and stiffness 

distributions of the physical system. 

 

 

 
Fig. 14. MAC matrix for orthotropic shell model vs. 

experimental data for a 3-ply plate 

 
 

Table 6. MAC values for experimental and finite 

element correlations for a 3-ply plate 

Mode 
MAC 

Beam-Shell Ortho. Shell 

1 1T 97.3 97.2 

2 1B(90°) 96.3 98.0 

3 2T(90°) 95.3 96.3 

4 1B(0°) 94.0 93.9 

5 2T(0°) 90.4 91.7 

 

 

6 Conclusions 

Experimental testing was used to characterize the 

mechanical properties of composite plates. The 

plates were characterized in two ways: (1) as a 

homogenized orthotropic material and (2) as discrete 

fiber and matrix properties. The discrete properties 

were implemented into a beam-shell finite element 

model that can be used to track the orientation of 

yarns throughout a complex geometry.  However, 

for the current work, the methodology was limited to 

looking at a rectangular plate as a means of showing 

the proof of concept. 

Composite plates were tested experimentally in bend 

and modal tests. The bend tests were chosen because 

the results are directly related to the stiffness of the 

material in the respective directions of the yarns, and 

these test data could be used to conclude the 

effective material properties.  In the case of the 

beam-shell models, these data were used to find the 

respective area moments of inertia of the resin and 

the yarns in the cured composite. The modal test was 

chosen because the results were related to the 

stiffness of the material as well as the mass 

distribution throughout the composite material. 

Finite element models were built based on the 

geometry of the constructed plates and the material 

properties calculated for the respective models. 

These models were then used to simulate the testing 

of the physical plates and compared to test data to 

validate that the stiffness and the mass distribution 

were modeled correctly. 

Good correlation was seen between the experimental 

data and the model results, leading to the conclusion 

that both finite element models can be used to 

correctly represent the cured composite material. 

7 Future Work 

Future research will be conducted to explore how 

beam-shell and orthotropic finite element models 

can represent composite parts that include shear 

deformation of the fabric prior to curing the matrix 

material. Introducing shear angles into the fabric 

causes significant changes in the stiffness of the 

composite. The beam-shell model has the advantage 

of being able to track the orientation of the fabric 

throughout the forming process, while the 

orthotropic shell model would require either a ply-

based or a zone-based approach. 
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 Introduction 1

The importance of lightweight design in many in-

dustries is growing, leading to higher demands for 

fiber reinforced plastic (FRP) products. FRP compo-

nents combine high mechanical properties with low 

mass.  

The bending stiffness of a component increases with 

increasing distance of the component surface to the 

neutral axis (i. e. with increasing thickness for mon-

olithic structures). Different loads continue through 

the outer area and the inner area. Thus components 

are often manufactured from two different materials; 

a stiff material for the surface “skins” and a low 

density material for the inner core. Removing the 

inner material reduces the weight of the component 

at the same stiffness and results in a hollow compo-

nent. The manufacturing process of hollow compo-

site components can be distinguished as differential 

and integral design. In differential design, compo-

nents are assembled from several pre-manufactured 

elements, whereas in integral design the component 

is produced in a single manufacturing process. The 

production of integral hollow metallic components is 

a well-known manufacturing process. The integral 

design promises lower assembly costs, less weight 

and structural advantages due to continuous load 

carrying fibers in the component. However, the 

complexity of the manufacturing process grows due 

to the need for additional tooling for the hollow 

space. These internal tools for FRP must be remova-

ble, to maximize the lightweight potential of the 

component. 

In Figure 1 the basic concept of internal tooling, also 

known as mandrel or core, with and without under-

cuts and different core materials is depicted. 

A number of mandrel systems have been investigat-

ed for industrial applications, in an attempt to intro-

duce the technology to series production. In the au-

tomotive sector a carbon fiber reinforced plastic 

(CFRP) bumper with a sand core was produced [1]. 

Furthermore blow-molded thermoplastic, multi-part 

metal and cast wax cores for the production of FRP 

components are used. For an aircraft passenger door 

CFRP hinge arms are produced with water soluble 

cores [2]. In the manufacturing of composite heli-

copter structures the use of flexible tubes is common 

as well as in the production of bicycles and rackets. 

However, the majority of these core materials result 

in poor surface quality. For most of these compo-

nents the outer surface has a high surface quality due 

to the use of a rigid outer tool. The inner surface 

quality is not considered during the manufacturing 

process, so time- and cost-intensive rework is re-

quired to achieve a high quality surface finish of the 

inner surface 

The general requirements for core materials are de-

rived from process and component specifications. 

The general requirements for a core material are: 

 dimensional stability, 

 compressive and flexural stiffness,  

 removability, 

 resin impermeability, 

 temperature resistance, 

 surface quality, 

 costs. 

The challenge in developing a new core material is 

to meet the costs of existing core material systems 

and provide at least the same properties regarding 

the flexural stiffness, compressive stiffness, dimen-

sional stability and removability. 

The removability of an inner tooling is of particular 

importance. Full removal of the core material from 

an undercut FRP component is essential to gain the 

complete lightweight potential. The removal must be 
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a process in which the composite part is not dam-

aged, reducing the mechanical properties. 

The surface quality is of particular relevance. The 

majority of the current inner tooling systems are not 

able to achieve the required surface roughness. 

Therefore a mean roughness value Ra of at least 5µm 

is targeted. 

Resin systems used for the manufacturing of compo-

sites in aerospace industry often require a heat 

treatment above room temperature. This is necessary 

to achieve the operating viscosity and/or to cure the 

resin completely. Typical matrix systems are Hex-

cel’s RTM6 or CYCOM 977-2 from Cytec. The 

realizable temperature is derived from the process 

cycles of the above mentioned resin systems and set 

at 200°C. 

In this paper a novel internal tooling method, using a 

multi-material approach, is presented. Different ma-

terials are used to; provide the mechanical properties 

of the internal tooling required for a robust preform-

ing and saturation process; allow removal of the core 

via a change of state, and post curing the matrix. 

 Manufacturing of hollow composite compo-2

nents using removable inner tooling  

The removable inner tooling defines the geometry of 

the hollow space of the future part with undercuts. 

The surface quality of the composite is a possible 

distinguishing feature of the tools. By choosing the 

respective tooling either the surface quality of the 

inner or outer face, or both, can be adjusted. The 

required high surface quality can be achieved with a 

smooth removable lost core or a multi-part inner 

tooling. The term “lost core” describes a core which 

can be used once. Using a removable lost core, a 

multi-part inner tooling or a flexible hose in combi-

nation with a rigid outer tooling, a high surface qual-

ity of the outer surface is achievable. In order to 

realize high quality on both surfaces, a combination 

of core materials achieving high surface qualities is 

used: a rigid outer tooling and a removable inner 

tooling with smooth surfaces. 

The core materials can be classified by the method 

of removal: changing the aggregate state (AS), de-

stroying chemical bonds (CB) and extraction (EX). 

Examples of these three classifications are:  

 Meltable wax (AS): Semi-crystalline polymer 

wax cores are produced using the casting meth-

od. Due to the self-releasing property of the wax 

no additional release agents are required. The 

shrinking of the polymer over several weeks 

leads to high variability in the geometrical toler-

ances. The mechanical stiffness and surface 

quality is sufficient for most applications. 

Common systems have a melting temperature of 

approx. 120°C. 

 Low Melting Alloy (AS): Produced with the 

casting method the low melting alloy core is 

melted out of the composite. Sufficient stiffness, 

surface quality and impermeability are proper-

ties of the alloy. The temperature resistance is 

adjustable depending on the selected alloy: al-

loys with melting temperatures between 50°C 

and 200°C are available. The high specific den-

sity of the alloys and the toxic components (e.g. 

cadmium) of some alloys induce extra effort to 

ensure safety of handlers.  

 Water-soluble salt (CB): Salt is processed to a 

defined geometry by casting or pressing. The 

pressing process of sodium chloride (NaCl) re-

quires expensive and complex tools. The casting 

of the raw material is typically performed under 

pressure. Since the material is porous a sealant is 

required. The release of ammonia gas under 

temperature adversely affects the safety of han-

dlers. 

 Fillers and water-soluble binder (CB): The 

core is manufactured from a semi-finished prod-

uct or directly in a pressing process near net-

shape. Fillers such as sand, hollow ceramic or 

glass spheres can be used. The surface of the 

core requires sealing due to the porous structure.  

 Foams (CB): The core can be foamed directly 

or processed from semi-finished product. The 

closed-cell foam is removable using solvents, 

although this is not eco-friendly. The mechani-

cal properties are sufficient for the vacuum infu-

sion processes; however, the compressive stiff-

ness will not withstand processes with high in-

jection pressures.  

 Metal (EX): Metal-core tools typically consist 

of several parts in order to allow removability 

from the component. Temperature resistance, 

stiffness, dimensional stability, surface quality 

and resin impermeability are achieved with met-

al cores.  

 Thermoplastic (AS, EX): Thermoplastic hol-

low cores are typically produced using the blow 

molding or rotational casting processes. The 

stiffness of the plastic itself is not sufficient for 

injection. By applying pressure with air or a liq-

uid or by adding a solid filling material the stiff-

ness can be increased. The temperature re-

ICCM19 2409



 

3  

A NOVEL COMPOSITION FOR REMOVABLE INTERNAL TOOLING 

OF HOLLOW COMPOSITE STRUCTURES  

sistance depends on the specific thermoplastic; 

materials with high glass transition temperatures 

are expensive. Such cores are able to achieve 

high surface quality. 

All core materials work for their specific process. 

Combinations of the above-mentioned core systems 

extend the range of applications. No core material 

currently fulfills all of the requirements of this pro-

ject.  

In previous investigations at the Institute for Carbon 

Composites pure gypsum was used as core material. 

The material could be removed by washing with 

water. Due to the high water pressures applied for 

the removal and the resulting damage of the CFRP 

component an alternative method of removal was 

required. Therefore a new core material based on a 

variety of materials is developed and presented in 

the following. 

 Principle of multi-material system 3

Under a multi-material approach, the necessary dif-

ferent functions of the core material are assigned to 

different materials. One material provides, for ex-

ample, the mechanical properties and the surface 

quality.  Additives can be added to the material to 

adjust the properties if desired. The core material 

presented uses gypsum plaster as the main ingredi-

ent.  Here, expandable graphite is added to ensure 

the complete removal of the core material. The ex-

pandable graphite begins expanding at a certain 

threshold temperature and the final expanded vol-

ume is a multiple of its initial volume. Due to this 

expansion the integrity of the plaster is damaged and 

disintegrates into small particles before the FRP is 

damaged. These particles and the expanded graphite 

can easily be removed from the composite compo-

nent. The described processing is depicted in Figure 

2. 

The resin impermeability of the core material (de-

scribed in Section 1) is required to enable remova-

bility of the core. For materials with high permeabil-

ity, such as gypsum, an additional seal is required. 

The permeability is based on the materials porosity; 

resin seeps into the core material during infiltration.  

The core material bonds with the component inter-

nally and after curing a gentle removal is impossible. 

The requirements for the seal are: 

 resin impermeability, 

 temperature resistance, 

 reproducibility and uniformity, 

 geometrical tolerances, 

 surface quality. 

“Core material” is defined as the components which 

provide the geometry of the component, while the 

“inner tooling system” includes the core material 

and the applied sealing agent onto the core material. 

3.1 Components of the multi-material system 

In this section the different components of the core 

material are introduced. The core material comprises 

two different components: gypsum and expandable 

graphite. As gypsum is a porous material and with 

the addition of expandable graphite this property 

does not change a sealant is essential in order to 

prevent saturation and to allow removal of the core 

material. The sealant is considered an additional 

component of the inner tooling system as described 

above. 

Similar material combinations are already used in 

other applications. For example expanded graphite is 

used to increase the thermal conductivity of plaster-

based construction materials. [9]  

In this section gypsum, expandable graphite and 

sealing agents are introduced and raw material in-

vestigations are presented. 

3.1.1 Gypsum  

Gypsum is commonly known as a construction 

building material, as orthopedic casts or for use as a 

fertilizer. The chemical formula of this sulfate min-

eral is calcium sulfate dihydrate (CaSO4*2H2O). The 

chemically bonded water dehydrates partially as 

steam (Eqn. (1)) above temperatures of 150°C and 

completely above 180°C [5]. This reversible process 

is also called calcination and results in hemihydrate 

(CaSO4  0.5H2O) (Eqn. (1)) or anhydrate (CaSO4) 

(Eqn. (2)). The rehydration of plaster to gypsum 

reacts exothermically after mixing with water. The 

expressions “gypsum” and “plaster” refer to dihy-

drate and hemihydrate, respectively. 

                                  (1) 

                         (2) 

Calcium sulfate is classified in five different phases, 

where the crystalline structure and the chemically 

bonded water differ: 

 dihydrate (CaSO4∙2H2O), 

 hemihydrate (CaSO4∙0.5H2O), 

 anhydrate III (CaSO4 III), 

 anhydrate II (CaSO4 II), 

 anhydrate I (CaSO4 I). 
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For the core materials used here, the first three phas-

es are of interest due to the processing temperature 

range. These are depicted in Table 1. Hemihydrate 

occurs in α-hemihydrate and in β-hemihydrate. The 

anhydrate is hygroscopic and stabilization is critical. 

Water is absorbed from the ambient air and anhy-

drate alters to hemihydrate. 

Appearance of gypsum plaster 

In general gypsum plaster is provided in powder 

form. Different types of plaster are available, such 

as: 

 modeling plaster, 

 building plaster, 

 alabaster plaster, 

 dental plaster. 

These types are composed of the two variants of 

hemihydrate and different additives. For the chemi-

cal reaction the plaster powder (p) is mixed with 

water (w) in a specific ratio (r). Information about 

the ratio is provided by the manufacturer: 

  
 

 
  (3) 

The ratio ranges from 0.28 to 0.4. For the investiga-

tion, commercially available modeling plaster pro-

duced by Meffert AG and a raw alpha hemihydrate 

produced by Knauf are used due to higher mechani-

cal properties [3]. The modeling plaster is a mixture 

of alpha hemihydrate, beta hemihydrate and several 

unknown additives. These additives are a motivation 

to use raw alpha hemihydrate so that the mixture can 

be controlled. The cost of the raw alpha hemihydrate 

is 30% higher compared to the cost of the modeling 

plaster. 

3.1.2 Expandable graphite 

Expandable graphite is a special form of graphite in 

which additional molecules are intercalated. The 

intercalated molecules are primarily sulphur or ni-

trogen compounds. These intercalation compounds 

(GICs) or expandable graphite salts expand abruptly 

at a certain threshold temperature. Particular grades 

have threshold temperatures of 150°C up to 280-

300°C. An expansion of 100 times the initial volume 

is possible during free expansion. The properties of 

the expandable graphite, such as threshold tempera-

ture and degree of expansion depend on the interca-

lation quality and the intercalated material. 

Two materials ES200F5L (EG1) and GHLPX95LT 

(EG2) of different suppliers were used in previous 

trials which evaluate the expansion behavior. Both 

have a threshold temperature of 160°C.  

Expansion behavior 

In the technical data sheet of the expandable graph-

ite the free expansion without any applied pressure 

is stated. In order to verify these values and to un-

derstand the behavior under pressure a Thermo Me-

chanical Analysis (TMA) was conducted. Typically 

the TMA is conducted in order to determine the 

coefficient of linear thermal expansion (CTE) of a 

solid sample. As it is not possible to provide ex-

pandable graphite in solid state the graphite is placed 

into a container. The displacement transducer is 

placed on the expandable graphite. 

Three samples of each of the expandable graphite 

grade EG1 and EG2 have been tested. The stamp 

pressure of 0.05 N was applied to the sample while 

the temperature was raised from room temperature 

to 180°C. The resulting expansion for EG1 is 10 

times the initial height and for EG2 is 17 times the 

initial height. In Figure 3 the expansion of EG1 and 

EG2 versus the temperature is presented. The expan-

sion begins at 160°C and continues to a maximum at 

200°C.  

The expansion achieved at 200°C is at least 10 times 

the initial volume under a pressure of 0.05 N. Alt-

hough this is not the process environment during the 

removal of a core from a CFRP component the high 

expansion potential can be demonstrated. 

3.1.3 Sealing agent 

The gypsum and the material composition presented 

here (gypsum combined with expandable graphite) 

are porous. In previous tests a saturation of the gyp-

sum-based core system was detected. The cured 

resin in the core material prevents the removal of the 

core. Separation of the matrix material from the 

porous core material is necessary. Therefore a seal-

ant is applied to the core which must satisfy all the 

requirements stated in the introduction. Most seal-

ants offer a thermal stability up to 100-130°C. For 

the required temperature range no suitable ready-to-

use solutions were available. The surface quality is 

not a requirement for the CFRP production in many 

applications; therefore the often-used process of 

wrapping the core with a plastic film is omitted in 

this investigation.  

The evaluation of the sealants was performed on 

samples of modeling plaster. These samples had a 

simple tubular geometry. The following sealant ma-

terials were used:  
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 PVA paint is a commonly known sealing sys-

tem which is typically used in combination with 

a wax. Although the paint has a maximum oper-

ating temperature of 100°C the PVA paint has 

previously been tested up to 150ºC. Thus it was 

decided to test if this boundary could be 

stretched further. 

 Heat shrinkable tube is generally used to iso-

late electrical conductors. The operating temper-

atures depend on the chosen plastic. Here, the 

chosen tube (Hi-Shrink PET Tubing) is suffi-

ciently stable up to 180°C according to the man-

ufacturer’s data sheet. 

 Micro-Isolat NF is an alginic acid which is used 

to seal dental imprints. Applied to the surface of 

the gypsum, the alginic acid reacts with the cal-

cium and develops a sealing layer. Temperatures 

above the maximum operating temperature of 

100°C have never been tested as it is not re-

quired in dental medicine.  

 Temperature resistant paint 1 (TRP1) is 

Bondupal R1012 with a temperature resistance 

up to 600°C.  Paint can be applied to the core by 

brush or spray. 

 Temperature resistant paint 2 (TRP2) is paint 

for heaters resistant up to 180°C. Paint applica-

tion to the core is by brush. 

 Teflon tape has been used for other CFRP parts 

as a sealant. The temperature resistance is up to 

260°C. The tape is wrapped around the core 

with overlaps such that a tight surface is 

achieved. An additional release agent is not nec-

essary due to the self-release properties of the 

Teflon. 

For testing, the sealing agent was applied to the gyp-

sum sample and then heated in an oven at 200°C for 

4 hours (phase 1). If no obvious defects of the seal-

ant occurred the cores were covered with two layers 

of braided textile and infused with resin by the Vac-

uum Assisted Resin Infusion (VARI) process (phase 

2). The resin was cured at 180°C for 2 hours.  

During the first evaluation phase the PVA paint and 

both temperature resistant paints showed defects. 

The surface of the TRP2 sample degraded, becom-

ing “tacky” developing blisters; the surface of the 

TRP1 sample blistered and the PVA paint discol-

ored.  

The remaining sealants (Teflon tape, heat shrinkable 

tube and Micro-Isolat) were evaluated in a second 

phase. For all three materials no saturation of the 

gypsum samples by resin was observed. The compo-

site components were cut along the length and re-

moved from the core. Figure 4  shows a comparison 

between a saturated sample without any sealing and 

a non-saturated sample sealed with Micro-Isolat. 

The non-saturated sample still has the normal gray-

ish color of normal gypsum. The saturated sample 

exhibited a change of color which results from the 

resin system used. 

3.2 Influence of additives on the hardening 

process of gypsum 

The chemical bonding of water into the crystalline 

structure of calcium sulfate is an exothermic reac-

tion. The resulting heat can be measured by a calo-

rimeter (Thermometric TAM Air, Ursinus). The 

change of magnitude of the maximum heat and the 

time of occurrence can then be evaluated. 

The samples were produced with the modeling plas-

ter. One reference sample of pure gypsum (r = 0.5) 

was compared to a sample (r = 0.3) with a lower 

water/powder ratio. Another sample is prepared with 

10% by mass expandable graphite whereas the per-

centage refers to the plaster powder mass. 

All components were prepared in an air tight sample 

container with a dry mass of 2 g. The expandable 

graphite was mixed with the plaster powder. For the 

provision of water an applicator with blender was 

used (Figure 5). All the testing components were 

tempered at 20°C in the calorimeter for 1 hour. The 

water was added to the sample container and mixed 

for 1 min. The measurement of the exothermic heat 

continues for 2 hours until completion of the hydra-

tion process. 

Figure 6 depicts the evolution of the heat of three 

samples. All three curves show the typical trend of 

the hardening process of gypsum. A rapid increase 

of the released heat to the first local maximum oc-

curred within the first two minutes. This is caused 

by the released wetting heat [6]. After a short period 

of decrease, which reflects the nucleus formation, 

the exothermic growth of the crystals and thus the 

change from hemihydrate to dihydrate took place. 

This was represented by the rise of the released heat 

to the maximum. Thereafter the gypsum cooled to 

room temperature. 

Comparing the two graphs of the raw gypsum in 

Figure 6 it can be seen that the nucleation took long-

er with less water added and thus the growth started 

later. The setting of the gypsum was slowed by a 

smaller amount of water. The hydration of the gyp-
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sum proceeded faster and more violently at a wa-

ter/powder ratio of 0.5 than at the lower water vol-

ume of r = 0.3. 

The hydration of the gypsum was slightly delayed 

by the addition of expandable graphite and the heat 

release was lower than without the additive. This 

behavior may have been caused by a small release of 

the acid in the expandable graphite on contact with 

water. Plank [7] describes that the setting rate of 

gypsum is delayed by some acids. An acid release of 

expandable graphite is tested and cannot be detected 

with a pH-paper. However, it is possible that the 

amount of acid liberated was below the detection 

limit of the pH paper used. 

Another reason for the delay of setting could be the 

increased number of solids at a constant amount of 

water. A certain amount of water is consumed for 

the wetting of the graphite particles and is thus no 

longer available for the hydration of the gypsum. 

3.3 Principle test of the material composition 

In a feasibility test the processability was proven. A 

mixture of the material with a w/p-ratio of 0.5 and 

10% by mass expandable graphite was prepared. 

The mixture was cast into a cylindrical mold. On the 

resulting mandrel a sealing layer with a heat-

shrinkable tube and subsequently 2 layers of braided 

textile were applied. The preform was saturated by 

means of a VARI process. After curing the compo-

nent below the threshold temperature of the expand-

able graphite the temperature was raised above the 

threshold temperature. As a result of the expansion, 

the core was disintegrated and could be removed 

from the CFRP component. Figure 7 depicts the 

composite component with internal tooling inside 

and the composite part itself after removing the 

mandrel.  

3.4 Surface quality 

The surface quality was defined as a critical re-

quirement for the core system. The optimum achiev-

able surface quality of gypsum and of the mixture 

(gypsum and expandable graphite) was investigated 

with a confocal microscope µ-surf. The surface qual-

ity of the manufactured CFRP components with 

different core sealants was evaluated with a Mahr 

Perthometer M2 according to DIN EN ISO 4288 

using the profile method. The measurement methods 

were chosen due to handling and accuracy reasons.  

The values investigated were the mean surface 

roughness, Ra, and the mean surface height, Rz. The 

requirement is to achieve a Ra value of less than 

5µm. The presented values are an averaged value of 

at least three different measurement traces. 

3.4.1 Maximum achievable gypsum sample 

surface quality 

Samples with a water powder ratio r = 0.5 and an 

expandable graphite ratio of 0%, 10% and 20% were 

prepared on a glass plate. The glass itself was not 

investigated as with the measuring method of the 

confocal microscope it was not possible and with the 

perthometer the glass would sustain damage. 

For the gypsum sample without additive the mean 

surface roughness is 0.39µm and for the maximum 

measured value, the sample with 1% expandable 

graphite, is 0.72µm. Why the sample with the lowest 

expandable graphite ratio shows the highest Ra is not 

finally clear. The results of Ra and Rz are summa-

rized in Table 2. 

3.4.2 Achievable CFRP component surface 

quality 

In Section 3.4.1 the maximum achievable surface 

quality of the component was investigated if the 

component surface roughness was the same as the 

core surface roughness.  Application of a sealing 

agent changes the surface quality and the roughness 

of the CFRP component will be diminished.  

The resulting surface roughness values of the CFRP 

components are depicted in Table 3. The heat-

shrinkable tube achieves with Ra = 1.96µm the best 

value for the mean surface roughness. For the mean 

surface height the Teflon tape achieves the best val-

ue (9.78µm). However, due to the overlapping of the 

Teflon tape, jumps in thickness occur. Such variance 

in the roughness height limits the applicability of the 

Teflon tape significantly. The values are below the 

value set in the requirements and thus the grades of 

sealant are sufficient for the application although the 

use of heat shrinkable tube and Teflon tape is re-

stricted to simpler geometries without convex sec-

tions. 

3.5 Properties based on the expansion 

The combination of gypsum and expandable graph-

ite results in a mixture which is disintegrated due to 

expansion. The volume change of the disintegrated 

material is currently unknown. Thus an estimation of 

the expansion was carried out. In material investiga-

tions the raw expandable graphite expands up to 20 

times its initial volume. 

Gypsum samples (r = 0.5) with different expandable 

graphite ratios (5%, 10%, 20%) were prepared. The 

ICCM19 2413



 

7  

A NOVEL COMPOSITION FOR REMOVABLE INTERNAL TOOLING 

OF HOLLOW COMPOSITE STRUCTURES  

resulting volume is the bulk volume of the disinte-

grated material sample. 

These samples were tempered in a convection oven 

to 180°C for two hours. After this time all samples 

were completely disintegrated. The resulting volume 

of the pieces of the 5%-sample after disintegration 

was approximately the same as the initial volume of 

the sample. The resulting volume of all particles of 

the sample with 10% is double and the volume of 

the sample with 20% is three times as large as the 

initial volume. This would indicate that a clear path 

for the disintegrated material must be available to 

exit the CFRP component.  

Another observation during these trials was that the 

particle size decreases with increasing expandable 

graphite ratios. This result enables the adjustment of 

the removal opening in the CFRP part. 

 Conclusion and Outlook 4

A novel removable gypsum-based core material has 

been developed and tested. The removal from the 

component was performed successfully. Due to the 

porous structure of the core material different seal-

ants were investigated. Three of the sealants fulfill 

the set requirements (resin impermeability, tempera-

ture resistance, surface quality). An assessment re-

garding the influence of the sealants on the geomet-

rical tolerance for core and CFRP part is underway. 

As the core material is a multi-material approach the 

influence of the expandable graphite was investigat-

ed regarding the hardening process of the gypsum, 

with no major influence being detected. Using the 

profile method the surface quality was classified. 

The resulting quality exceeded the set requirements.  

In further investigations the mechanical properties of 

the modified gypsum are of particular interest due to 

loads acting during the preforming and injection 

processes. The implementation into the process 

chain and faster removal of the core due to better 

energy transmission will also be studied further. 

 

 

 

Figure 1. Principle of a rotational hollow compo-

nent with (b) and without (a) undercut. 

 

Figure 2. Principle of processing and removal of the 

internal tooling. 

 

Figure 3. Averaged expansion of the expandable 

graphite against temperature. 
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Figure 4. Comparison of saturated (left) with non-

saturated (right) gypsum sample. 

 

Figure 5. Applicator and sample containers of the 

calorimeter. 

 

Figure 6. Heat evolution as function of time for dif-

ferent water/powder ratios and added expandable 

graphite 

 

Figure 7. The cured composite part with (left) and 

removed (right) internal tooling. 

 

Table 1. Summary of the different phases of calcium 

sulfate [5]. 

Formula        
      

       
        

           

Denota-

tion 

Calcium 

sulfate 

dihydrate 

(DH) 

Calcium 

sulfate   

hemihydrate 

(HH) 

Calcium 

sulfate 

anhydrate 

(AH III) 

Type 
- 

α-HH  

β-HH 

α-AH III 

β-AH III 

Chemi-

cally 

bonded 

water 

[W-%] 

20.92 6.21 0 

Density 

[g/cm³] 
2,31 

α-HH :2,757 

β-HH: 2,619 
2,580 

 

Table 2. Mean surface roughness Ra and mean sur-

face height Rz of gypsum samples (r=0.5) with dif-

ferent expandable graphite ratios (0%, 1%, 10%, 

20%). 

 Ra [µm] Rz [µm] 

Gypsum 0.39 2.23 

Gypsum mixed 

with expanda-

ble graphite 

(1%) 

0.72 3.74 

Gypsum mixed 

with expanda-

ble graphite 

(10%) 

0.57 2.90 
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Gypsum mixed 

with expanda-

ble graphite 

(20%) 

0.54 2.77 

 

Table 3. Resulting CFRP mean surface roughness Ra 

and mean surface height Rz of samples manufac-

tured with different sealants (heat shrinkable tube, 

Micro-Isolat, Teflon tape). 

 Ra [µm] Rz [µm] 

Heat shrinkable 

tube 
1.96 11.23 

Micro-Isolat 2.57 13.24 

Teflon tape 1.85 9.78 
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1 Introduction  

The high aspect ratio and small size of 

nanomaterials result in significant 

nanomaterial/polymer interfacial interactions [1]. 

One main result of these interactions is the reduced 

degree of mobilization of polymer chains at the 

interface leading to creation of an interfacial zone or 

what is identified in the literature an “interphase”. 

[2-4]. An ongoing challenge that obstacles the 

expected rapid growth in technology and 

commercial advancement of polymer 

nanocomposites (PNCs) is lack of sufficient 

understanding about the links between the interfacial 

interactions and macro-scale properties of PNCs [5-

7]. Systematic results that explain the interplay 

among process, structure and mechanical 

performance of PNCs are being increasingly 

reported. However, the published results 

demonstrating how interfacial interactions at the 

nano-scale affect physical structure and property of 

polymer chains at the vicinity of nanomaterial 

surface  are not sufficient or often appear 

contradictory [8-10].   

It has been shown that the configurational 

rearrangement and relaxation processes of long 

polymer segments are significantly sensitive to the 

restrictions imposed on the chains by their local 

environment [11-13]. The correlation between the 

amount of the immobilized chains at the interface 

and thermomechanical/thermal properties such as 

the glass transition (Tg) has been widely reported 

[14-16]. However, the changes in Tg originating 

from the restriction of polymer chains were not 

always sufficient in order to evaluate the altered 

dynamics of polymer chains due to the error range 

and lack of necessary resolution of 

thermomechanical measurements.  

This study is aimed at evaluating how interfacial 

interactions between the nanomaterials and polymer 

alter the structure and the physical properties of 

polymer chains at and near the interface in order to 

reveal mechanisms responsible for the mechanical 

property enhancement in PNCs. An experimental 

methodology is introduced to determine the links 

between the interfacial interactions and macro-scale 

properties including tensile and viscoelastic 

properties of a semi-crystalline PNC system. Effect 

of nanomaterials and polymer crystallization  

characteristics on structure and the amount of the 

polymer chains with retarded kinetics at or near the 

GNP surface is investigated with respect to changes 

in the viscoelastic properties of the PNCs. The 

relationship between the tensile modulus, the glass 

transition temperature and the amount of the 

immobilized polymer phase is assessed and 

correlated to a secondary reinforcing mechanism 

that favors both viscoelastic and elastic response of 

the PNCs.  

 

2 Materials 

PA12 powder (VESTOSINT® X 1553 white, Evonik 

Industries, Essen, Germany) with average diameter 

of 50-100 μm  and Tm in the range of 176-184˚C was 

used as the base polymer. Exfoliated graphite 

nanoplatelets (GNP) from XG Sciences, with an 

average diameter of ~1 μm and thickness of 10-20 

nm were used as the nanomaterial. 

 

3 Fabrication of Nanocomposites 

In this study, the composites were made in a two-

step process: i) compounding and ii) 

forming/shaping using injection molding (IM). The 

compounding method used is the coating method 

reported in [17] for compounding GNP with PP 

powder. The PA12 powder was coated with GNP up 

to 15 (wt%). As-received GNP was mixed in 

isopropyl alcohol (IPA) using ultrasonic energy 

(UIP500hd, Hielscher USA) for 45 min with 

amplitude of 80% and manual mixing of the neat 

PA12 powder in the solution [17]. The IPA of the 

nanocomposite powder was filtered and the residual 

coated powder was then thoroughly dried in a 

vacuum oven at 100 °C for 10 hrs to minimize the 

hydrolytic degradation. The GNP/PA12 compound 
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was kept in sealed containers to avoid degradation of 

the material upon contact with the air moisture. 

GNP-coated PA12 powder prepared by the coating 

method described above was fed into a DSM Micro 

15cc Compounder (vertical, co-rotating twin-screw 

micro extruder) followed by the IM process. The 

processing parameters used were Tbarrel = 190 °C, 

screw speed of 60 and 100 rpm for 1 and 2 min, 

respectively, Tmold=80°C and a pressure of ~750 

KPa. The optimal processing parameters were 

adopted as those that maximized the flexural 

properties and impact resistance of the fabricated 

GNP/PA12 PNCs since these properties are sensitive 

to the level of agglomeration.  

 

4 Characterization of Nanocomposites 

The tensile properties of the specimens were 

determined according to ASTM D638 using an 

Instron 33R 4466 apparatus with a 500 N load cell 

and an extensometer (Instron 2630-101) with a gage 

length of 10 mm. A displacement control with a 

velocity of 2.54 mm/s was applied. The flexural 

properties were measured based on three-point 

bending test according to ASTM D790 on an MTS 

810 Material Test System (MTS Systems Corp., 

Eden Prairie, MN) at a crosshead speed of 

1.27mm/min and a span of 50.80 mm. The impact 

resistance of the specimens was determined 

according to ASTM D256 using an Izod pendulum 

test. Each data point reported is an average of five 

repetitions. 

The thermomechanical behavior was studied by 

dynamic mechanical analysis (DMA, Q800, TA 

Instruments) using the single cantilever mode at 

oscillation amplitude of 0.015 mm and a fixed 

frequency of 1 Hz. The composites were heated 

from ambient temperature to 150 oC at a heating rate 

of 5oC/min. Standard differential scanning 

calorimetry (DSC) and modulated DSC (MDSC) 

work were performed on a DSC Q2000 (TA 

Instruments, New Castle, Delaware, USA) using 

specimens of about 7-10 mg. Nitrogen was used for 

purging. Measurements were performed from the 

equilibrate temperature of -30 oC to 200 oC at a 

heating rate of 3 oC/min and a heating-cooling rate 

of 5 oC/min on the MDSC and standard DSC modes, 

respectively. 

To estimate the interphase characteristics such as 

thickness and stiffness AFM experiments were 

performed. A Veeco AFM with Nanoscope V 

controller, operated in tapping mode using an 

aluminum coated cantilever (length of 225 μm, 

spring constant of 45 N/m, resonance frequency of 

190 KHz), with silicon tip of 2 nm nominal radius 

provided by Nanoscience Instruments Inc. Phoenix, 

AZ is used. To avoid detrimental effects of the soft 

polymer substrate under the tip and occurrence of 

artifacts due to contaminations, tapping mode (v.s. 

contact mode) was used. Composites with 0.1 wt% 

filler content were studied in order to avoid 

interactions among fillers.  

The morphology of the composites was studied with 

a Zeiss DSM 940A scanning electron microscope 

(SEM) operating at 5 kV accelerating voltage. Prior 

to the SEM study the fracture surface was gold-

coated to minimize the charging effects during the 

SEM observations.  

 

5 Results and Discussion 

5.1 Mechanical Properties 

- Tensile Behavior 

The Young’s modulus of GNP/PA12 composites as 

a function of the GNP content is presented in Figure 

1. It is clearly shown that the modulus increases with 

GNP content up to 5wt% reaches a plateau value at 

intermediate GNP loadings in the range of 5-10 wt% 

and finally continues increasing with GNP content. 

To understand the observed trend in modulus of the 

PNCs, the viscoelastic properties of the fabricated 

parts as a function of GNP were investigated and 

compared. To better explain the observed trend in 

the Young’s modulus of PNCs, dependence of the 

thermomechanical properties on GNP content was 

examined. 

5.2 Viscoelastic Behavior of PNCs 

- Glass Transition Temperature 

Figure 1 shows dependence of the glass transition 

temperature (Tg) of GNP/PA12 composites, 

determined as the temperature value at the tanδ 

peak, on the GNP content.  It is clearly shown that 

both the Young’s modulus and Tg follow the same 

trend. It is noted that changes in Tg are related to the 

primary relaxation of polymer chains and the extent 

of the polymer chains that are constrained at the 

interphase [18-21].  

It has been shown that in addition to the intrinsic 

properties of the constituents, properties of PNCs are 

highly influenced by other main variables such as 

nanomaterial-polymer interfacial interactions as well 

as dispersion of nanomaterials [22, 23]. Therefore, 

the non-monotonical changes in the modulus and Tg 

with increasing GNP content indicate the presence 
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of competing factors such as the reinforcing effect of 

the high modulus graphite [24] and the formation of 

GNP agglomerates due to poor GNP dispersion 

within the polymer  [25, 21]. The hypothesis is that 

the degree of crystallinity of PA12 matrix as well as 

the extent of the polymer chain immobilization due 

to the pinning at the hard GNP and crystal surface 

are responsible for the observed shifts in both the 

Young’s modulus and Tg. The comparison provided 

in Figure 1 then indicates the presence of a 

secondary reinforcement mechanism which 

contributes to the enhancement of both the tensile 

modulus and Tg and is notably influenced by the 

GNP content, micro-structure and morphology of 

PNCs. Since changes in Tg are related to the primary 

relaxation of polymer chains and the extent of the 

immobilized chains [18-21], the results motivated 

detailed investigations into the altered dynamics of 

polymer chains due to GNP-PA12 interfacial 

interactions.   

- Damping Behavior (tanδ) 

The presence of the immobilized amorphous phase 

is also confirmed by the damping behavior of the 

GNP/PA12 composites which was determined as a 

function of the GNP content. Table 1 gives the tanδ 

values within the linear viscoelastic behavior of 

PNCs as a function of GNP content. As clearly 

shown the tanδ peak (determined as value at Tg) is 

altered and reduced by addition of GNP. The 

observations indicate that GNP restricts the 

segmental motions of the main polymer chains, 

which require more energy input that is higher 

temperatures during the relaxation transition around 

Tg. The decrease of the tanδ with addition of GNP is 

related to  decrease of the viscous and enhancement 

of the elastic response of polymer phase induced by 

pinning the polymer chains. The latter confirms 

formation of immobilized constrained region 

between GNP and PA12 matrix [26-28]. It is noted 

that immobilization of the polymer chains is more 

pronounced at low and intermediate GNP content. 

At higher loadings of GNP, unavoidable 

agglomeration compromises the GNP surface 

responsible for the pinning of the polymer chains 

[20, 24].  

5.3 Assessment of the Interfacial Immobilized 

Region 

- Volume Fraction 

The fraction of polymer chains with enhanced 

degree of immobilization at the GNP surface was 

assessed by determining the variations in the 

viscoelastic behavior of the GNP/PA12 composites 

as a function of GNP content and temperature. A 

theoretical thermomechanical model reported in [29] 

is employed. The model allows for estimation of the 

fraction of the polymer chains that are constrained 

and thus do not contribute to the viscous response. 

The fraction of the constrained region, C, which may 

consist of an amorphous immobilized phase and/or 

the crystalline region, can be determined based on 

the shifts in energy dissipation and degree of 

crystallinity of the PNCs 

 

              
  

   

                                  

where 

  
     

         
                                 

 

where Wc and W0 the energy loss ratio of the 

composite and neat polymer at Tg, and C0 the degree 

of crystallinity for the pure PA12. The fraction of 

the amorphous immobilized phase can be found by 

subtracting the degree of crystallinity from the 

overall constrained region, C. The degree of 

crystallinity was calculated using the heat of fusion 

determined during melt of the specimens on MDSC 

heat flow spectra and according to the following 

equation 

 

   
  

   
    

   
   

 
                     

 

where ∆H  
m  is the melting enthalpy of 100% 

crystalline PA12 equal to 209.3 J/g [30, 31]. Table 1 

gives the degree of crystallinity of GNP/PA12 

composites and the volume fraction of the 

constrained region determined using equation 1 as  

function of GNP content. Figure 2 shows that the 

fraction of the immobilized amorphous phase, 

defined as the difference of the entire constrained 

region and the degree of crystallinity, increases with 

addition of GNP and is more pronounced at low 

GNP content. It is shown that the fraction of the 

immobilized amorphous phase increases with 

addition of GNP and more pronounced at low GNP 

loading. The observed trend is in good agreement 

with the observed increase in Tg and tensile 

modulus. As seen in Table 1, the degree of 

crystallinity decreases upon increasing the GNP 

content. It should be noted that when GNP is 

present, the polymer chains are either immobilized 

at the GNP surface which results in increase of Tg or 
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are slowed down due to the reduced interparticle 

distance resulting in the decrease of degree of 

crystallinity. Although the degree of crystallinity 

decreases with GNP content, the composites become 

more elastic because the increased amorphous phase 

is immobilized at the GNP surface so it cannot 

contribute to viscous effects as discussed earlier. 

To better investigate the effect of GNP on physical 

structure of PA12, the crystallization behavior of the 

composites was studied using DSC. As shown in 

Table 1, the crystallization temperature onset 

(TC/onset) increases with GNP content indicating that 

GNP is acting as a nucleating agent. Moreover, the 

results indicate a saturation nucleation effect at high 

GNP as reported also elsewhere [25, 32]. The 

saturation effect can be related to factors such as 

insufficient polymer chains to wet the surface of 

GNP and the presence of agglomerates at higher 

GNP content both of which negatively affect the 

nucleating efficiency of the GNP surface [33-35]. 

The results suggested presence of a fraction of 

interfacial constrained region with increased order of 

polymer chains leading to occurrence of a 

transcrystalline interphase.  

- Evaluation of the GNP/PA12 Interphase 

Information about topography and properties of the 

surface of composites and the interfacial GNP-PA12 

region was obtained by employing AFM (tapping 

mode) height and phase imaging. Phase imaging 

measures the phase lag information in the oscillation 

frequency when the AFM tip interacts with 

areas/materials of different mechanical properties 

under the tip [36]. Figure 3a is a representative 

phase image of the top surface of 0.1 wt% 

GNP/PA12 composite. Individual GNPs with an 

average diameter of 800 nm, which is within the 

diameter range provided by the supplier, as well as 

GNP aggregates are shown in Figure 3a. Figure 3b is 

a zoomed in phase image scanned over an arbitrary 

GNP-PA12 boundary shown in Figure 3a. It is 

clearly observed that there is a transition area, the 

interfacial region, between the PA12 matrix and the 

GNP. The thickness of this zone is determined using 

the AFM software by measuring the phase lag across 

lines (profiles) that are drawn over the interfacial 

boundary. Five such lines that are initiated from the 

polymer pass through the transition zone and 

terminate at the GNP are shown in Figure 2b. The 

phase lag variations across each line (profile) are 

shown in Figure 3c. Two distinct plateau values at ~ 

+4 degrees and -2 degrees that correspond to GNP 

(left) and PA12 (right) respectively are shown. Note 

that the phase lag data is linked with the stiffness of 

the materials under the tip [37]. Therefore, it can be 

implied that the segment of the transition zone with 

a phase lag values lower than that of pure PA12 

indicates existence of voids and weak GNP/PA12 

interactions. 

It is noted that mechanical properties of the 

interphase reflect the type of nanomaterial-polymer 

interactions (attractive v.s. repulsive) and thus 

effectiveness of the load transfer. As shown earlier, 

Tg and crystallization temperature increase with the 

GNP content indicating the confinement effect of 

GNP on PA12 chains. This polymer immobilization 

supports the high average stiffness of the GNP-PA12 

interphase presented in Figure 3c. 

Topography information about the scanned area 

corresponding to the phase image is useful to ensure 

the property gradient detected over the interphase 

region is induced by neither multiple superposed 

GNP layers nor by stepped-height structure of an 

individual GNP. The latter may result in a difference 

in the overall stiffness of the composition under the 

tip. Figure 4a elucidates the AFM height image of 

the composites surface corresponding to the phase 

image represented in Figure 3a. To obtain detailed 

information about the variation in topography of the 

composite surface over the interphase zone and 

beyond, data analysis was performed by drawing 

lines over the boundary as is shown in Figure 4b that 

is a zoom-in image of Figure 4a. As shown in Figure 

4c, the curves represent somewhat a flat topography 

along the profile lines. It is clearly observed that the 

change in height is less than 10 nm over the length 

of each segment (~650 nm). In particular, it is shown 

that the slight slop of the blue curve (corresponding 

to one profile line used in phase analysis) gained on 

the GNP surface occurs over a distance of ~ 250 nm 

while the property gradient was displayed within 40 

nm. It can be implied that the slight slope change is 

induced by the local topography change around the 

GNP-PA12 boarder.   

Changes in calorimetric heat capacity of reinforced 

polymers near Tg have been shown to provide 

information about the immobilized polymer chains 

at the interface. As reported, the interfacial 

interactions limit mobilization of amorphous 

polymer chains, which is needed for liquid like 

behavior of polymer above Tg, and thus the entire 

cooperatively rearranging regions (CRR) near the 

interface [38, 28]. The result of this polymer chain 

immobilization is a reduction in liquid like motions 

of chains and thus the reduction in the increment of 

the heat capacity or the relaxation strength, ΔCp, at 
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Tg. In this study, the calorimetric relaxation of 

immobilized polymer chains was linked to the CRR 

length to evaluate dependence of the interphase 

thickness on the GNP content. A model first 

introduced by Donth et al. was utilized to determine 

the CRRs length using the variations in the heat 

capacity from solid to liquid behavior of PNCs 

around Tg of the PNCs [38]: 

 

   
  

 
  

 

  δ   
   

                          

δ      
                                           

 

where V  is the volume of the cooperative region,  

Cv is the specific heat capacity,   is density of the 

specimen, KB is the Boltzman constant, δT is 

temperature fluctuation, and δ is the characteristic 

length of the glass transition. In this study, the heat 

capacity of the PNCs was determined using the 

MDSC heat capacity signals. Table 1 gives the 

values of ΔCp and the CRR characteristic length 

determined by the model for each composite system. 

It can be clearly understood that the theoretical 

characteristic length, which is a measure of the 

immobilized polymer chains, somewhat is 

interdependent of the GNP content and that the 

average of this length is about 5 nm. In addition, it is 

shown that the theoretical length is one order of 

magnitude less than that of the experimentally 

detected interphase in this study. Considering the 

poor interactions between the hydrophobic GNP and 

the hydrophilic PA12 an interaction zone (intephase) 

of 5 nm is logical. On the other hand, the low 

wetability of GNP by PA12 is overcome by the 

shear and elongation forces present during 

processing which are forcing the two materials to 

interact and result in the 40 nm thick interphase as 

observed by AFM.   

The fracture surface of GNP/PA12 composites filled 

with 5 and 15wt% GNP is shown in Figure 5. GNP 

is better dispersed and distributed at 5wt% (Figures 

5a) than higher content (Figures 5b) in PA12. It is 

indicated that the PNCs with high GNP wt% contain 

GNP aggregates, circled in the image. The 

difference in the observed morphology confirms the 

reduction in the available interface between GNP 

and polymer and thus compromise of the pinning 

effect of nanomaterials as the GNP content 

increases. The results are in good agreement with the 

observed variations in the amount of the constrained 

region as well as changes the Young’s modulus and 

Tg over the range of the GNP content used in the 

study.  

6 Conclusions 

The study examined correlation among the 

interfacial interactions, changes in physical 

properties of polymer and macro-scale properties of 

PNCs such as the Young’s modulus and Tg through 

an experimental approach. PNCs of 0-15wt% 

GNP/PA12 were fabricated using the coating 

method followed by injection molding. The results 

illustrated strong interplay among the Young’s 

modulus and Tg of the GNP/PA12 composites as 

well as the vol% of a complex constrained phase, 

which follow the same exact trend upon addition of 

GNP. The results suggested that the complex 

constrained phase, consisting of an amorphous 

immobilized and crystalline region, enables a 

secondary reinforcing mechanism that dramatically 

contributes to the macro-scale properties of semi-

crystalline PNCs. An interphase with an average 

thickness of several tens of nanometers and a 

gradual stiffness gradient was experimentally 

visualized which confirmed presence of the 

observed immobilized region at the interface. The 

study provided a deeper insight into the role of 

interfacial interactions in enahancing elastic and 

viscoelastic performance of PNCs that can lead to 

design and fabrication of semi-crystalline PNCs with 

engineered properties.  
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Fig. 1. Tensile modulus and Tg of GNP/PA12 PNCs 

as a function of the GNP content 

 

Fig. 2. Volume fraction of the amorphous 

immobilized phase as a function of GNP content

 

 
 

Fig. 3. Representative AFM phase image of 0.1 wt% 

GNP/PA12 composites: a) individual and 

overlapping GNP on the surface of PA12 matrix, b) 

a magnification of (a) showing the profile lines 

along the interfacial interaction zone, and c) phase 

lag v.s. distance for the profile lines shown in (b) 

indicating thickness of the interfacial region
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Fig. 4. Representative AFM height image corresponding to the phase image illustrated in Figure 3a: a) 

topography of a 10  10 μm2 scan size, b) a magnification of (a) showing the profile lines along the interfacial 

interaction zone between GNP and PA12, and c) height v.s. distance for the profile lines shown in (b) 

 

 

 
 

Fig. 5. Representative SEM image of a) 5wt% and b) 15wt% GNP/PA12 fracture surface indicating presence of 

aggregates at high GNP content 
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Table 1. Dependence of tanδ, degree of crystallinity,  crystallization temperature onset, ΔCp and CRR length 

values of the GNP/PA12 nanocomposites on GNP wt% 

 

 

 

 

 

 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

GNP wt% tan δ @ 

Tg 

χ% 

 

C, % 

 

TC/onset 

(°C) 

ΔCp 

(J/gr °C) 

CRR length scale 

(nm) 

0 0.119 32.91±0.75 32.6 160.8±0.1 0.43±0.04 4.5±0.4 

0.5 0.110 27.63±0.34 35.7 165.3±0.1 0.32±0.01 4.8±0.2 

1 0.107 28.71±0.91 37.3  0.26±0.03 5.4±0.2 

3 0.114 26.24±0.52 35.0 164.4±0.1   

5 0.105 26.24±0.52 39.0 167.4±0.1 0.23±0.01 5.5±0.2 

10 0.099 24.86±0.82 41.0  0.21±0.01 5.9±0.4 

12 0.098 24.10±0.18 41.4 168.6±0.1 0.14±0.01 5.8±0.1 

15 0.095 22.64±0.7 43.0  0.12±0.01 5.5±0.3 
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1 Introduction  

Selective laser sintering (SLS), an additive 

manufacturing method, is increasingly being 

considered in fabrication of polymer 

nanocomposites (PNCs) [1, 2]. The main advantages 

compared to traditional polymer or polymer 

composite fabrication methods are that SLS allows 

for i) parts with complex geometry without the need 

of expensive tooling like molds, ii) functionally 

graded PNCs i.e., composition and properties of the 

composites vary along the part thickness, and iii) 

greater control of nanomaterial dispersion and 

alignment [3].  

The intrinsic properties mainly thermal conductivity 

of nanomaterials and the thermal properties of the 

polymer significantly affect the sintering process [4, 

5]. Moreover, the SLS process requires that the 

polymer powder is uniformly coated with the 

nanomaterials which is not easily achieved with 

commonly used compounding methods such as melt 

mixing, shear pulverization, etc. [6, 1, 7]. 

Furthermore, preparation of the composite powder 

with an appropriate particle size and morphology is 

critical because the compounding not only affects 

the final characteristics such as dimensional 

accuracy and of porosity level, but it also dictates 

the processing ability of the composite particularly 

in additive processes [8]. Therefore, SLS processed 

polymer nanocomposites do not exhibit the 

performance required for composites at high-end 

applications. For instance, a recent work reports the 

use of solid state mixing for preparation of the SLS 

powder for SLS processing of carbon black 

(CB)/PA12 composites. It has been demonstrated 

that the composites prepared by SLS  had an 

electrical conductivity several orders of magnitude 

greater than the conductivity of the corresponding 

composites made by melt-mixing and injection 

molding (IM) [9, 1]. However, the observations have 

revealed that the SLS parts had a lower modulus and 

strength compared to the melt-mixed parts due to 

presence of CB aggregates and porosity in the 

CB/PA12 parts [10].  

This study demonstrates fabrication of 

multifunctional PNCs with improved mechanical 

and electrical properties using SLS. Mechanical 

properties including tensile behavior and impact 

resistance of sintered PNCs were determined and 

compared with those of PNCs made by IM process 

as baseline. Positive effects specific to SLS in 

enhanced mechanical and electrical properties of the 

PNCs were observed and discussed. Moreover, a 

lower electrical percolation threshold and 

anisotropic electrical performance were observed for 

the SLS-processed PNCs compared to the injection 

molded ones indicating ability of SLS to fabricate 

multifunctional PNCs with enhanced mechanical 

and electrical properties.   

 

2 Materials  

PA12 powder (VESTOSINT® X 1553 white, Evonik 

Industries, Essen, Germany) with average diameter 

of 50-100 μm  and Tm in the range of 176-184˚C was 

used as the base polymer. Exfoliated graphite 

nanoplatelets (GNP) from XG Sciences, with an 

average diameter of ~1 μm and thickness of 10-20 

nm were used as the nanomaterial. 

 

3 Fabrication of Nanocomposites 

In this study, the composites were made using a two-

step process: i) compounding nanomaterial and 

matrix, and ii) forming/shaping using SLS and 

injection molding (IM) as a reference process. The 

compounding method used is the coating method 

reported in our previous study [11] to prepare the 

starting SLS powder. The PA12 powder was coated 

with 3 and 5wt% GNP. As-received GNP was mixed 

in isopropyl alcohol (IPA) using ultrasonic energy 

(UIP500hd, Hielscher USA) for 45 min with 
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amplitudes of 80% and manual mixing of the neat 

PA12 powder in the solution. The solution of the 

nanocomposite powder was filtered and the residual 

coated powder was then thoroughly dried in a 

vacuum oven at 100 °C for 10 hrs to minimize the 

hydrolytic degradation. The GNP/PA12 compound 

was kept in sealed containers to avoid degradation of 

the material upon contact with the air moisture. Neat 

PA12 parts were laser sintered as reference. 

A Sinterstation® 2000 commercial SLS machine 

(3D Systems Inc., Valencia, CA) was used to 

process the GNP-coated PA12 powder prepared by 

the coating method. A sieve shaker was used before 

the SLS process to eliminate the agglomerates and to 

provide the coated PA12 with more uniform grain 

size. The parameters used, which maximized the 

tensile strength of 5wt% GNP/PA12 composites and 

yielded the SLS parts with good geometric accuracy 

and density are: laser power of 8.5 W, laser scan 

speed and spacing of 762 mm/s and 152.4 μm 

respectively, part-side temperature set-point of 171 

oC (PA12) and 170 oC (PNCs) and powder feed 

temperature set-point of 100 oC. The process was 

operated at a roller speed of 76.2 mm/s, powder 

layer thickness of 101.6 of μm and piston 

temperature of 135 oC. 

The GNP-coated PA12 powder prepared by the 

coating method described earlier was fed into a 

DSM Micro 15cc Compounder (vertical, co-rotating 

twin-screw micro extruder) followed by IM. The 

processing parameters used were Tbarrel = 190 °C, 

screw speed of 60 and 100 rpm for 1 and 2 min, 

respectively, Tmold=80°C and a pressure of ~750 

KPa. The optimal processing parameters were 

chosen as those that maximized the flexural 

properties and impact resistance of the fabricated 

GNP/PA12 PNCs since these properties remarkably 

define the level of nanomaterial agglomeration and 

thus quality of load transfer at the nanomaterial-

polymer interface. 

 

4 Characterization of Nanocomposites 

The tensile properties of the specimens were 

determined according to ASTM D638 using an 

Instron 33R 4466 apparatus with a 500 N load cell 

and an extensometer (Instron 2630-101) with a gage 

length of 10 mm. A displacement control with a 

velocity of 2.54 mm/s was applied. The impact 

resistance of the specimens was determined 

according to ASTM D256 using an Izod pendulum 

test. Each data point reported is an average of five 

repetitions. 

The thermomechanical behavior was studied by 

dynamic mechanical analysis (DMA, Q800, TA 

Instruments) using the single cantilever mode at 

oscillation amplitude of 0.015 mm and a fixed 

frequency of 1 Hz. The composites were heated 

from ambient temperature to 150 oC at a heating rate 

of 5oC/min. Modulated differential scanning 

calorimetry (MDSC) work was performed on a DSC 

Q2000 (TA Instruments, New Castle, Delaware, 

USA) using specimens of about 7-10 mg. Nitrogen 

was used for purging. Measurements were 

performed from the equilibrate temperature of -30 oC 

to 200 oC at a heating rate of 3 oC/min. 

Electrical conductivity measurements were made 

with a Solartron 1260 coupled with a 1296 

Dielectric Interface using 0.1 Vac for frequencies 

ranging from 10 MHz down to 10-2 Hz at room 

temperature. The morphology of the composites was 

studied with a Zeiss DSM 940A scanning electron 

microscope (SEM) operating at 5 kV accelerating 

voltage. Prior to the SEM study the fracture surface 

was gold-coated to minimize the charging effects 

during the SEM observations. 

 

5 Results and Discussion 

5.1 Mechanical Behavior of PNCs 

- Tensile Behavior  

The tensile modulus and strength of SLS and IM 

made GNP/PA12 composites at GNP loading of 0, 3 

and 5 wt% GNP are shown in Table 1. The results 

clearly demonstrate that: i) SLS processing of neat 

PA12 dramatically improves both the strength and 

the modulus compared to the corresponding 

properties of IM made PA12 parts, ii) addition of 

GNP in PA12 enhances the strength and modulus of 

neat PA12 in case of IM.  In contrary, it is observed 

that when SLS is used addition of GNP enhances the 

modulus but not the strength. Specifically, addition 

of 3 wt% GNP in PA12 results in the greatest 

modulus enhancement both in SLS and IM 

processed composites with 48% and 22% 

enhancement in modulus respectively compare to 

that of the neat PA12 processed similarly.  

The reduction in tensile modulus of SLS composites 

at 5wt% GNP and the lack of strength enhancement 

are correlated to unavoidable GNP aggregation that 

acts against the reinforcing ability of GNP. As the 

GNP content increases, GNP interferes with the 

sintering process masking the polymer powder 

leading to variations in energy doses delivered to the 

PA12 powder and thus the sintering of PA12. The 
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tensile strength is sensitive to the dispersion state of 

nanomaterials as reported in literature [12, 13] so it 

is speculated that IM made composites exhibit better 

dispersion/distribution of GNP during processing.  

- Impact Resistance 

The impact strength of GNP/PA12 composites, 

presented in Table 1, is significantly affected by the 

manufacturing method and GNP content. It is clearly 

shown that the impact strength of composites made 

by IM monotonously increases with GNP content. 

However when SLS is used the impact strength of 

the composites decreases with addition of GNP. It is 

noted that the manufacturing method had no 

significant effect on the impact strength of the neat 

PA12.  The decrease in the impact strength of SLS 

composites is maybe due to GNP absorbing part of 

the laser energy and thus reducing the energy 

available to locally melt the PA12 particles and 

inter-diffuse their boundaries resulting thus in 

structures that can absorb less energy before fracture 

is reached. This structure may promote crack 

propagation along boundaries of imperfectly sintered 

PA12 grains and thus reduction of the impact 

resistance. The results are in agreement with those 

reported elsewhere [6, 14, 12].  

To better understand effect of sintering on the 

observed mechanical properties, the correlation 

among thermomechanical properties including the 

glass transition temperature (Tg), melting 

phenomena and morphology of fabricated PNCs was 

assessed. 

 

5.2 Melting Behavior of Nanocomposites 

The heat flow thermograms were obtained by DSC 

during the melting transition of the GNP/PA12 

composites made by SLS or IM. Table 2 represents 

the dependence of the heat of fusion during melting 

transition on the manufacturing method and GNP 

content. The corresponding degree of crystallinity, 

calculated using equation (1), is shown in Table 2.  

   
  

   
    

   
   

 
                     

 

∆H  
m =209.3 J/g was used as the theoretical heat of 

melting for a 100% crystalline PA12 [15]. It is 

demonstrated that the degree of crystallinity of neat 

PA12 increases by 18% when SLS is used which 

may explain the observed difference in mechanical 

properties of the SLS and IM neat PA12. It is clearly 

shown that the degree of crystallinity decreases with 

addition of GNP regardless of the manufacturing 

method used. The results suggest the presence of a 

secondary mechanism, the reduction in the degree of 

crystallinity, which counteracts the main reinforcing 

mechanism induced by stiffening effect of high 

modulus GNP that is responsible for the 

enhancement of tensile modulus. The hypothesis is 

that presence of GNP also alters the dynamics of 

polymer chains surrounding the nanomaterials and 

thus the structure and properties of the polymer 

chains at or near the GNP surface. The 

thermomechanical properties are used to study the 

changes in the polymer chain mobilization and can 

be utilized in order to understand the relationship 

between local properties such as glass transition of 

the polymer and macro-scale properties of the 

composites.[16, 17]. 

 

5.3 Viscoelastic Properties 

Interfacial interactions dictate the load transfer 

mechanisms at the GNP-PA12 interface and thus the 

macro-scale properties of polymer composites and 

can lead to immobilization of the polymer chains at 

the GNP surface. In case of SLS processing the 

confinement effect of GNP on polymer segments 

may interfere with consolidation [5]. The interfacial 

interactions and their correlation to the macro-scale 

properties of the composites were assessed using 

DMA. The tanδ and the Tg of the GNP/PA12 

composites made by either SLS or IM as a function 

of GNP content are shown in Table 2. SLS 

processing results in both neat PA12 and GNP/PA12 

composites with higher Tg than the corresponding 

counterparts made by IM. Addition of GNP however 

did not affect the Tg of SLS processed composites. 

On the contrary, addition of GNP had positive effect 

on Tg and moved Tg toward higher temperatures in 

case of IM processing. The observed changes in Tg 

are related to the competing effects of i) GNP and 

hard PA12 crystallites, ii) GNP aggregation, and iii) 

porous structure and residues of unmelted PA12 

powder, specific to the SLS process, that has 

negative effect on Tg [18, 17].  

As shown in Table 2, tanδ of both the neat PA12 and 

the GNP/PA12 composites significantly decreases 

across the temperature regime investigated when 

SLS is used and when GNP is added. The observed 

results indicate that the energy damping ability is 

compromised, which is in agreement with the 

observed decrease in impact strength, and the 

enhancement of the elastic behavior. It is noted that, 
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in addition to the compromise of the damping 

ability, the degree of crystallinity also decreases 

upon addition of GNP, significantly more in case of 

SLS processed composites, although it still remains 

higher than the degree of crystallinity of their IM 

counterparts. Therefore, it is concluded that a rigid 

interfacial region is formed that consists mainly of 

immobilized amorphous polymer chains.  

 

5.4 Electrical Properties of PNCs: SLS v.s. IM 

Fabrication of PNCs that demonstrate simultaneous 

enhancement of multiple properties has been widely 

favored for development of structural and non-

structural materials for various applications [19, 20]. 

In addition to its dependence on the composite 

constituents, electrical behavior of PNCs has been 

shown to be notably sensitive to alignment, 

distribution and dispersion of nanomaterials which 

can remarkably define the degree of anisotropy 

exhibited by a given PNC system [21-23]. The 

hypothesis is that advanced manufacturing methods 

such as SLS have technical advantages and can be 

used to fabricate PNCs that exhibit multifunctional 

performance by providing better control of the 

nanomaterial dispersion and alignment within the 

polymer. 

In this work, the electrical conductivity 

measurements were performed through cross-

sectional planes normal to the sintering plane and 

injection flow direction (in-plane) for “longitudinal” 

measurements (distance between contacts is 20-25 

mm) along the direction schematically shown in 

Figure 1a.  The ‘transverse’ resistance of the 

samples was separately characterized through the 

width (distance between contacts is 12-13 mm), and 

thickness (distance between contacts is 2-3 mm) 

which are mutually orthogonal to the longitudinal 

directions. Figure 1b and c represent the schematic 

configuration of the transverse measurements 

through the width and thickness of the specimens. In 

order to reduce the contact resistance and increase 

the contact surface between metal probes and 

samples, each pair of parallel cross sections 

corresponding to measurements through the desired 

direction was silver painted and air dried for at least 

24 hours before measurements. The conductive paint 

on the sides of the samples was perfectly removed 

before performing measurements along other 

directions. No annealing for removal of thermal 

history was used in order to compare the neat effect 

of manufacturing method on the properties of 

interest and to avoid likely reconstruction or/and 

destruction of the existing GNP networks. To obtain 

the true value of the conductivity of the PNCs, the 

measurements were preformed on three samples and 

the average values were considered.  

Figure 2a and 2b show the electrical conductivity of 

the PNCs with respect to measurement directions, 

the frequency of the AC voltage and GNP 

concentration for the SLS and IM process, 

respectively. Figure 2a shows that the conductivity 

of the 5wt% SLS PNCs remains invariant within a 

greater range of AC frequencies than that observed 

from measurements along the width and thickness. 

However, 3wt% SLS made PNCs represent fairly 

identical trends irrespective of the directions 

investigated. As is seen in Figure 2b, IM processed 

PNCs exhibit similar trends with respect to the 

frequency range regardless of the GNP loading and 

measurement direction. It is clear that IM made 

PNCs do not exhibit enhanced electrical 

performance and remain non-conductive along each 

direction. It is clearly demonstrated that i)  PNCs 

made by SLS show greater conductivity along the 

length than the other directions and exhibit 

anisotropic electrical performance, and ii) 5wt% 

SLS processed PNCs have an electrical conductivity 

that is three orders of  magnitude greater than that of 

the 3wt% PNCs along a given direction. However, 

the results are not conclusive to whether or not IM 

processed PNCs exhibit directionally dependent 

conductivity as the percolation threshold is higher 

than the 5 wt% of GNP which was the maximum 

GNP content used in the study. 

The observations indicate that 5wt% GNP is above 

the onset of percolation threshold when SLS is used 

whereas it is apparent this loading is less than the 

percolation onset in case of IM process. The 

observed difference between the electrical 

conductivity behavior of SLS and IM made 

composites was correlated to the morphology and 

crystallization characteristics that are altered by the 

manufacturing techniques. The GNP-coated PA12 

powder is sintered in absence of shear and/or 

elongational forces in SLS processing and thus the 

continuous GNP network formed during the coating 

method is maintained in the SLS processed PNCs. 

Another factor that may affect the enhancement in 

electrical conductivity of PNCs is the degree of 

crystallinity [24, 25]. As reported in literature [26], 

the amorphous phase has been shown to enhance 

dispersion state and hence decrease the probability 

of formation of conductive networks within a semi-

crystalline PNC system.  
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 6 Morphology of Nanocomposites 

SEM images of the fracture surface of 5wt% PNCs 

processed by IM and SLS are shown in Figure 3a 

and 3b, respectively. It is clearly seen that SLS 

resulted in GNP aggregates that seem to promote 

conductive GNP paths of nanomaterials. However, 

such networks are absent in case of IM processed 

composites that confirmed the non-conductive 

behavior of the IM made PNCs. Destruction of 

conductive networks induced by high shear forces 

during IM and/or re-agglomeration of GNP during 

the melt mixing process  may explain  the observed 

morphology of the IM PNCs as  reported elsewhere 

[25, 27]. The observations also indicate presence of 

larger GNP phases in case of IM than SLS processed 

composites. The SEM images confirm the view that 

poorly dispersed GNP reduces the available 

interface between GNP and polymer and thus 

compromises the reinforcement efficiency of GNP 

in IM made nanocomposites which explains the 

observed elastic behavior of IM made PNCs.  

 

7 Conclusions 

The goal of this study was to examine the capability 

of SLS to fabricate PNCs with enhanced 

multifunctional performance. PNCs of GNP/PA12 

were made using SLS and IM and characterized in 

terms of their mechanical, thermomechanical, 

thermal and electrical properties. The process-

structure-property relationship was assessed to better 

understand the effect of sintering method on macro-

scale properties of fabricated PNCs. It was 

demonstrated that SLS made parts yielded 

comparable or better tensile performance than IM 

processed parts. However, unlike IM, SLS 

negatively affected the impact resistance of the 

composites. In spite of the observed decrease in 

degree of crystallinity of PNCs with addition of 

GNP, composites exhibited monotonous decrease of 

tanδ that was more pronounced in case of SLS.  

5wt% GNP composites processed by SLS 

represented the best electrical conductivity 

suggesting that formation of conductive paths in IM 

composites are destroyed when IM is used whereas 

these networks are maintained after sintering the 

composite powder. Moreover, the results revealed 

that SLS made PNCs had directionally dependent 

electrical properties. The results supported the view 

that SLS has the potential to become a key industrial 

processing tool for fabrication of electrically 

conductive GNP/PA12 PNCs with enhanced 

mechanical performance. 

References 

[1] Athreya SR, Kalaitzidou K, Das S "Processing 

and characterization of a carbon black-filled electrically 

conductive Nylon-12 nanocomposite produced by 

selective laser sintering". Materials Science and 

Engineering: A. Vol. 527, No. 10, pp 2637-2642, 2010. 

[2] Kim HC, Hahn HT, Yang YS "Synthesis of 

PA12/functionalized GNP nanocomposite powders for the 

selective laser sintering process". Journal of composite 

materials. Vol. No. pp 2012. 

[3] Chung H, Das S "Functionally graded Nylon-

11/silica nanocomposites produced by selective laser 

sintering". Materials Science and Engineering: A. Vol. 

487, No. 1, pp 251-257, 2008. 

[4] Goodridge R, Shofner M, Hague R, McClelland 

M, Schlea M, Johnson R, Tuck C "Processing of a 

Polyamide-12/carbon nanofibre composite by laser 

sintering". Polymer Testing. Vol. 30, No. 1, pp 94-100, 

2011. 

[5] Kim J, Creasy T "Selective laser sintering 

characteristics of nylon 6/clay-reinforced nanocomposite". 

Polymer Testing. Vol. 23, No. 6, pp 629-636, 2004. 

[6] Athreya SR, Kalaitzidou K, Das S "Mechanical 

and microstructural properties of Nylon-12/carbon black 

composites: Selective laser sintering versus melt 

compounding and injection molding". Composites 

Science and Technology. Vol. 71, No. 4, pp 506-510, 

2011. 

[7] Chung H, Das S "Processing and properties of 

glass bead particulate-filled functionally graded Nylon-11 

composites produced by selective laser sintering". 

Materials Science and Engineering: A. Vol. 437, No. 2, 

pp 226-234, 2006. 

[8] Goodridge R, Tuck C, Hague R "Laser sintering 

of polyamides and other polymers". Progress in Materials 

Science. Vol. 57, No. 2, pp 229-267, 2012. 

[9] Athreya SR, Kalaitzidou K, Das S 

"Microstructure, thermomechanical properties, and 

electrical conductivity of carbon black‐filled nylon‐12 

nanocomposites prepared by selective laser sintering". 

Polymer Engineering & Science. Vol. 52, No. 1, pp 12-20, 

2011. 

[10] Petrović ZS, Javni I, Waddon A, Bánhegyi G 

"Structure and properties of polyurethane–silica 

nanocomposites". Journal of Applied Polymer Science. 

Vol. 76, No. 2, pp 133-151, 2000. 

[11] Kalaitzidou K, Fukushima H, Drzal LT "A new 

compounding method for exfoliated graphite–

polypropylene nanocomposites with enhanced flexural 

properties and lower percolation threshold". Composites 

Science and Technology. Vol. 67, No. 10, pp 2045-2051, 

2007. 

[12] Kalaitzidou K, Fukushima H, Miyagawa H, 

Drzal LT "Flexural and tensile moduli of polypropylene 

nanocomposites and comparison of experimental data to 

Halpin‐ Tsai and Tandon‐Weng models". Polymer 

Engineering & Science. Vol. 47, No. 11, pp 1796-1803, 

2007. 

ICCM19 2431



[13] Phang IY, Liu T, Mohamed A, Pramoda KP, 

Chen L, Shen L, Chow SY, He C, Lu X, Hu X 

"Morphology, thermal and mechanical properties of nylon 

12/organoclay nanocomposites prepared by melt 

compounding". Polymer international. Vol. 54, No. 2, pp 

456-464, 2004. 

[14] Cho J, Paul D "Nylon 6 nanocomposites by melt 

compounding". Polymer. Vol. 42, No. 3, pp 1083-1094, 

2001. 

[15] Zhao F, Bao X, McLauchlin AR, Gu J, Wan C, 

Kandasubramanian B "Effect of POSS on morphology 

and mechanical properties of polyamide 

12/montmorillonite nanocomposites". Applied Clay 

Science. Vol. 47, No. 3, pp 249-256, 2010. 

[16] Sargsyan A, Tonoyan A, Davtyan S, Schick C 

"The amount of immobilized polymer in PMMA SiO2 

nanocomposites determined from calorimetric data". 

European Polymer Journal. Vol. 43, No. 8, pp 3113-3127, 

2007. 

[17] Zhang X, Loo LS "Study of glass transition and 

reinforcement mechanism in polymer/layered silicate 

nanocomposites". Macromolecules. Vol. 42, No. 14, pp 

5196-5207, 2009. 

[18] Goertzen WK, Kessler M "Dynamic mechanical 

analysis of fumed silica/cyanate ester nanocomposites". 

Composites Part A: Applied Science and Manufacturing. 

Vol. 39, No. 5, pp 761-768, 2008. 

[19] Hu N, Masuda Z, Yan C, Yamamoto G, 

Fukunaga H, Hashida T "The electrical properties of 

polymer nanocomposites with carbon nanotube fillers". 

Nanotechnology. Vol. 19, No. 21, pp 215701, 2008. 

[20] Sengupta R, Bhattacharya M, Bandyopadhyay S, 

Bhowmick AK "A review on the mechanical and 

electrical properties of graphite and modified graphite 

reinforced polymer composites". Progress in polymer 

science. Vol. 36, No. 5, pp 638-670, 2011. 

[21] Du F, Scogna RC, Zhou W, Brand S, Fischer JE, 

Winey KI "Nanotube networks in polymer 

nanocomposites: rheology and electrical conductivity". 

Macromolecules. Vol. 37, No. 24, pp 9048-9055, 2004. 

[22] Jing X, Zhao W, Lan L "The effect of particle 

size on electric conducting percolation threshold in 

polymer/conducting particle composites". Journal of 

materials science letters. Vol. 19, No. 5, pp 377-379, 

2000. 

[23] Ramasubramaniam R, Chen J, Liu H 

"Homogeneous carbon nanotube/polymer composites for 

electrical applications". Applied Physics Letters. Vol. 83, 

No. pp 2928, 2003. 

[24] Chodak I, Krupa I "“Percolation effect” and 

mechanical behavior of carbon black filled polyethylene". 

Journal of materials science letters. Vol. 18, No. 18, pp 

1457-1459, 1999. 

[25] Kalaitzidou K, Fukushima H, Askeland P, Drzal 

LT "The nucleating effect of exfoliated graphite 

nanoplatelets and their influence on the crystal structure 

and electrical conductivity of polypropylene 

nanocomposites". Journal of materials science. Vol. 43, 

No. 8, pp 2895-2907, 2008. 

[26] Tjong S, Liang G, Bao S "Effects of 

crystallization on dispersion of carbon nanofibers and 

electrical properties of polymer nanocomposites". 

Polymer Engineering & Science. Vol. 48, No. 1, pp 177-

183, 2008. 

[27] Lanticse LJ, Tanabe Y, Matsui K, Kaburagi Y, 

Suda K, Hoteida M, Endo M, Yasuda E "Shear-induced 

preferential alignment of carbon nanotubes resulted in 

anisotropic electrical conductivity of polymer 

composites". Carbon. Vol. 44, No. 14, pp 3078-3086, 

2006. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

ICCM19 2432



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
Fig. 1. Measurement directions used to determine electrical resistance of the SLS and IM processed specimens 

through (a) longitudinal (in-plane) and transverse direction through (b) the width and (c) thickness of specimens 

 

 

 

 
 

 
Fig. 2. Electrical conductivity of the PNCs with 

respect to measurement direction for a) SLS and b) 

IM process as a function of the frequency of the AC 

voltage and GNP concentration  

 

 

 

 

 

 
 

 
 

Fig. 3. Fracture surface of 5wt% GNP/PA12 

composites made by a) IM and b) SLS indicating 

presence of well dispersed GNP in case of IM 

processed PNCs and GNP aggregated phase 

promoting formation of GNP conductive networks 

in SLS made PNCs 
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Table 1. Dependence of tensile properties and impact strength of GNP/PA12 composites on manufacturing 

method and GNP content  

 

Sample Tensile modulus 

(GPa) 

Tensile Strength 

(MPa) 

Impact strength 

(J/m) 

PA-IM 1.2±0.1 40.6±0.5 33.9±1.2 

PA-SLS 1.5±0.1 42.8±0.7 40.9±4.4 

 
 

 
 

3GNP/PA-IM 1.5±0.1 43.9±1.1 47.6±3.7 

3GNP/PA-SLS 1.5±0.1 45.2±1.9 32.6±2.2 

 
 

 
 

5GNP/PA-IM 2.2±0.1 44.3±2.8 23.5±0.7 

5GNP/PA-SLS 1.6±0.1 45.6±2.1 20.3±0.7 

 
 

 
 

 

 

Table 2. Effect of manufacturing method and GNP content on heat of fusion, degree of crystallinity, Tg and tanδ 

of GNP/PA12 composites 

 

Sample ΔHf (J/g) χ% Tg (°C) tanδ @ Tg 

PA-IM 61.21±0.22 29.25±0.10 50.9±0.8 0.119 

PA-SLS 76.18±3.02 36.42±1.44 55.8±0.5 0.114 

 
 

 
  

3GNP/PA-IM 49.60±0.38 24.44±0.18 53.6±0.7 0.105 

3GNP/PA-SLS 56.60±0.72 27.89±0.35 55.3±0.2 0.093 

 
 

 
  

5GNP/PA-IM 48.62±0.10 24.46±0.05 53.6±0.5 0.076 

5GNP/PA-SLS 47.88±1.40 24.10±0.70 56.3±0.3 0.072 
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Abstract: 

Sandwich composites have been considerably used 

in the aerospace and marine industry for their light-

weight and excellent structural, energy absorption 

and impact resistance properties. Additionally, 

recent advancements in nano-reinforced materials 

have allowed enhancement and tailoring of the 

mechanical and impact properties of resulting 

composites. In this work, sandwich composites 

comprising of glass-fiber face sheets and PVC foam 

were manufactured using vacuum assisted resin 

transfer molding (VARTM) process. Nano-graphene 

platelets were strategically placed in the external 

layers of the face sheets. The resulting sandwich 

structures were subjected to varying impact loads 

and their behavior was compared with pristine 

samples. Dye-penetration tests were performed to 

study the extent of damage. Graphene-embedded 

specimens showed significantly less damage than 

pristine samples impacted to similar energy level. 

Overall, results show great promise in tailoring the 

impact behavior of sandwich composites through 

strategic placement of graphene nano-

reinforcements. 

1 Introduction  

Composite sandwich structures have found extensive 

applications in aerospace, marine, wind and ground 

vehicle industries due to their high specific strength 

and stiffness, high resistance to impact and energy 

absorption properties[1-5]. Considerable work on 

sandwich structures that utilize various cores such as 

honeycomb, balsa and foam exists and an excellent 

review on sandwich structures and their low-velocity 

impact behavior is provided in [6]. Polymeric foams 

derived from materials such as polyvinylchloride 

(PVC), polyurethane (PU), polyethylenterephtalate 

(PET), expanded polystyrene slabs (EPS), etc. are 

gaining attention as the core material for sandwich 

structures for variety of applications [3-5]. A wide 

range of thermo-mechanical characterization and 

resulting properties of sandwich structures are 

possible depending on the materials used, their 

configurations and testing schemes.  

 

In spite of many advantages offered by these high-

performance sandwich composite structures, their 

susceptibility to localized impact loads is of concern 

[5-6]. Specifically, low-velocity impacts result in a 

barely visual damage that can go undetected but can 

compromise the resulting structural properties and 

premature failure. Damage can occur in the facings, 

core or core-face interface [5-6] and the extent of 

damage depends on many factors including 

properties of face sheets, core, and the relationship 

between the properties of the cores, facings size and 

shape of the structure [5].  

 

Recent advancements in nano-reinforced materials 

have allowed enhancement and tailoring of the 

mechanical and impact properties of resulting 

composites. Of particular interest is the addition of 

exfoliated graphene nanoplatelets to the polymer 

matrix has been shown to produce nanocomposites 

with enhanced mechanical and multifunctional 

properties [7-12]. An excellent review on the 

graphene based materials is provided in [9] and the 

energy absorption in generic nanocomposites is 

provided in [10]. The use of nanoparticles in 

sandwich structures has recently gained considerable 

interest [13-15]. The use of nanoclay [13-15] and 

graphene [13,14] has been shown to improve energy 

absorption in sandwich structures. Similarly, in a 

parallel effort by the authors, the use of graphene 

nanoplatelets to improve impact resistance in 

monolithic composites [11] and resulting joints [16] 

had shown reduction in the through-thickness 

damage, and this work aims at extending the 

knowledge into sandwich composites. 

 

In this work, impact behavior of sandwich 

composites comprising of S2-glass-fabric face 

sheets, PVC foam core and graphene nanoplatelets 
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on face sheets was studied. The manufacturing, 

materials used, nanocomposite processing, 

experimental methods and resulting performance are 

provided in the following sections. 

2 Materials and Experimental Procedures 

2.1 Materials 

The materials used in the study were as follows. 

Owens Corning ShieldStrandS, S2-glass plain weave 

fabric with an areal weight of 818 g/m
2
 was used as 

face-sheet reinforcement. DIAB
®
 Divinycell [17] 

non porous H130 PVC foam with a thickness of 25.4 

mm was used as the core material.  The distribution 

medium was AIRTECH Advanced Materials Group 

Resinflow 60 LDPE/HDPE blend fabric. The resin 

was Applied Poleramic SC-15 two-phase epoxy 

cycloaliphatic amine with an ambient viscosity of 

0.35 Pa.s. The nano-reinforcement was untreated 

exfoliated graphite nanoplatelet (xGnP) prepared at 

Michigan State University. The diameter of the 

nanoplatelet was 5μm and the thickness was ~7nm.  

2.2 xGnP Coating Process 

Solutions of 2 wt% xGnP in 2-propanol were 

prepared. The solutions were mixed using both a 

mechanical stirring device and a sonicator.  The S-2 

glass fabrics were cut to the desired dimensions and 

weighed. Measured amounts of the xGnP 2-propanol 

solution was then poured onto the surface of the 

glass fabric and brushed until it was evenly 

distributed. The coated fabrics were placed beneath 

a fume hood until the 2-proponal was evaporated.  

Samples were prepared with 1.0 wt% xGnP coated 

on one surface of the glass fabric. All impact tests 

were performed on the face sheet with GnP coating. 

2.3 Resin Infusion 

A steel mold (609.6mm x 914.4mm) with point 

injection and point vent was used to fabricate 

304.8mm x 609.6mm sandwich panels. A schematic 

of the VARTM layup scheme is shown in Figure 1.  

 
Figure 1 Layup for the VARTM process 

The upper face sheet consisted of either four plies of 

the “as received” glass fabric or four plies of the 

glass fabric coated with xGnP nanoplatelets. The 

lower face sheet used four plies of the “as received” 

glass fabric. Two layers of resin distribution medium 

were used over the top face sheet and one sheet was 

used the beneath the bottom face sheet. This was 

done to equalize the resin infiltration times for the 

top and bottom face sheets. 

 

Once all the materials were laid, the mold was 

sealed using a vacuum bag and sealant tape. The 

vacuum was drawn and the mold was infused. The 

resin infused sandwich panel was cured in a 

convection oven at 60°C for 2h and post cured at 

94°C for 4h. 

2.4 Impact Testing 

A drop weight instrumented impact test system was 

used to test the composite specimens under low 

impact velocities. The machine setup consists of an 

instrumented tup (12 mm diameter) mounted on a 

crosshead with a provision for attachment of varying 

weights. The crosshead slides along stiff, smooth 

guide columns. The specimen was clamped at the 

base of the machine in a fixture that has circular 

support. Sample sizes of 10 cm x 10 cm were used 

for the test. Energy of impact was varied by varying 

the drop height. The samples (with and without 

graphene in the face-sheets) were subjected to 

impact at four different energy levels 40, 60, 80 and 

100 J. For GnP coated specimens, the face sheet 

with GnP was placed upward to come in contact 

with the tup / projectile during the impact. 

3 Results 

A total of eight samples were tested under low-

velocity impact conditions at 40, 60, 80, and 100 J. 

At each energy level, a sandwich specimen with and 

without graphene coating on the face sheet was 

tested. The impact system used in this work provides 

load, energy and displacements as a function of time 

for each of the samples tested.  The extent of impact 

damage in the various samples was evaluated by 

both visual inspection and UV-dye penetration tests.  

 

In the current study, the impact phenomenon is 

characterized in terms of peak load and absorbed 

energy. Energy absorption in composites is mainly 

through two modes: elastic strain energy and 

through various damage modes. The composite 

laminates are brittle in nature and respond elastically 
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until peak load [12]. If the impact energy is higher 

than the energy absorbed until the peak load, the 

additional energy is taken up in the creation of 

damage. Figure 2 provides the impact response for 

pristine (no xGnP) sandwich samples at varying 

energies. It is commonly agreed that the impact 

parameters can be related to peak load. In general, it 

was observed that the total energy and deflection at 

peak load increase with increasing energies while 

the time to reach peak load decreases. Also, 

absorbed energy which is measured as the difference 

between the total applied energy and the energy at 

peak load increases with an increase in applied 

impact energies.  
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Figure 2 Impact response of pristine (no xGnP) 

sandwich panels at varying impact energies 

 
Figure 3. Impact response of xGnP sandwich panels 

at varying impact energies. 

It can be observed from Figure 2, that the slope of 

the load-time plot and the peak load value increases 

with increase in impact energy. At higher energy 

levels (>40 J), we observe oscillations, and the load-

time plot becomes asymmetric about the peak load, 

indicating the onset and propagation of damage. At 

energies greater than 40J, the load reaches a peak 

value followed by a sudden drop indicating a 

perforation in the top skin of the face sheet. Also, 

the asymmetry in the load-time curve and the 

elongated unloading region indicates that the foam is 

undergoing deformation and taking some part of the 

load. Similar results have also been reported in [5].  

 

Figure 3 provides the impact response at varying 

energies for sandwich specimen with graphene 

coating on the face sheet experiencing the impact 

loads. The load-time histories were found to be 

symmetric for both 40J and 60J indicating minimal 

impact damage in the sample. It should be noted that 

damage and asymmetry in load-time curve was 

observed at 60J for pristine sandwich specimens. 

This indicates the nano-graphene placement in the 

facesheet has resulted in enhancement of impact 

properties and prevention of permanent or excessive 

damage. The area of damage for pristine and GnP 

samples for various energies is shown in Figure 4. It 

can be clearly seen for 60J sample that the extent of 

damage was relatively minimal compared to pristine 

sample  (Figure 4b). Similar to pristine specimens, 

the load-time response at higher energies (80 J and 

100 J) was asymmetric and unloading region was 

elongated. Similar results have been reported in [5].  

 

In a parallel effort by the authors [11] on the study 

of impact behavior of monolithic glass fiber/SC-15 

epoxy plates with graphene coated outer layers, it 

was found that with increasing impact energies the 

damage area increased laterally in the form of 

interlaminar damage in the outer plies that contained 

graphene. Minimal through thickness damage was 

observed [11] and the existence of layered graphene 

in the interlaminar layers was attributed to such 

behavior. In this study, the existence of energy 

absorbing foam structure provided additional impact 

resistance along with graphene. Figure 4 provides 

the extent of damage for pristine and graphene 

coated samples as obtained from UV dye penetration 

tests. It was observed that the area/extent of damage 

was lower in graphene coated samples relative to 

similar pristine samples. Furthermore, at high 

energies (100J), the projectile/tup caused 

puncture/through thickness damage of the outer plies 

of the sheet (Figure 4d). Such severe damage was 

not observed in graphene coated samples. The 

existence of graphene further enhances the impact 

properties of the sandwich structures.  
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Pristine Samples 

 
(a) 40 J 

 
(b) 60 J 

 
(c) 80 J 

 
(d) 100 J 

 

 

 

 

Graphene coated Samples 

 
(a) 40 J 

 
(b) 60 J 

 
(c) 80 J 

 
(d) 100J 

 

Figure 4. UV dye penetration images showing the 

extent of damage in pristine and GnP coated samples 

at various impact energies 
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Overall, the study showed the potential of nano-

graphene platelets in enhancing the impact/energy-

absorption properties of sandwich structures. 

Nevertheless, further experiments with statistically 

significant number of tests along with varying 

amounts of graphene need to be performed to fully 

exploit the benefits offered by these novel materials. 

Additionally NDE techniques such as Ultrasonic 

scanning and microscopic evaluation of cross-

sections need to be performed to fully understand 

the evolution and propagation of damage. Such work 

is in progress and will be communicated shortly. 

 

4. Conclusions 

Sandwich structures made of SC-15 woven glass 

fabric and PVC foam were manufactured with novel 

nanographene (GnP) platelets in the faces sheets and 

their impact behavior was evaluated. The effect of 

GnP on impact properties and reducing the extent of 

damage was studied by comparing with pristine (no 

GnP) samples. The sandwich panels were 

manufactured by vacuum assisted resin transfer 

molding process (VARTM) while the graphene 

nanoplatelets were coated/painted on the face sheet 

prior to infusion. The presence of graphene 

enhanced the energy absorption properties of the 

resulting sandwich panels. The sandwich panels with 

graphene were found to have less area of damage 

along with minimal through thickness damage and 

negligible perforation of face sheets. The study 

included a single concentration of graphene. 

Detailed studies including varying amounts of 

graphene, robust NDE techniques and statistically 

significant number of tests need to be performed to 

fully exploit the benefits offered by this novel 

material. Nevertheless, results from this work show 

great potential in the use of nanographene in 

enhancing and tailoring the impact properites of 

sandwich structures. 
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1. Introduction  

 

Bamboo Guadua Angustifolia is one of the 3 largest 

bamboo species in the world and is the most 
important tropical bamboo in America due to its 

large size, excellent properties and natural durability 

[1]. Among other well-known natural fibres, 

bamboo fibres have been well recognized because of 
their good specific properties and they are often 

called “natural glass fibres” [2]. Recently high 

quality long bamboo fibres have been used as a 
reinforcement in epoxy matrices with good results 

[3]. 

 
The overall advantages of bamboo fibres have not 

yet been fully exploited for high-tech thermoplastic 

composite applications because they are  still limited 

to fairly low melting temperature thermoplastic 
matrices (e.g. polypropylene). See Table 1.   

 

One of the reasons is because of the natural fibres´ 
thermal stability, where the first levels of 

degradation occur typically at temperatures above 

180°C in detriment to the mechanical properties of 

the fibre [4]. High temperatures are applied mainly 
during the manufacturing (e.g compression molding) 

where the thermoplastic matrix needs to have 

reduced viscosity enabling the impregnation of the 
fibre bundles and the shaping of the part. 

 

In order to reduce thermal degradation, an inert 
atmosphere during the composite consolidation 

phase could present a potential solution.  

Experiments with single natural fibres have been 

carried out in a nitrogen atmosphere with remarkable 
results [5].  

 

Apart for single fibre studies, only a few studies 
have been done to observe the effect of 

manufacturing natural fibre composites under inert 

atmosphere on the mechanical properties. 
 

Table 1. Melting and shaping temperature for commonly 

used thermoplastics [6]. 

 

In this study, with the aim to characterize and to 

quantify the effect of thermal degradation on 
mechanical properties during the manufacturing 

process, single bamboo fibres and bamboo fibre – 

polypropylene composites (BFPC) were produced at 
different (relatively) high temperatures in different 

environments. 
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Thermoplastic  

Melting 

temperature 

(°C) 

Shaping 

Temperature 

(°C) 

PolyEthylene (PE)  120-145 150-200 

PolyPropylene (PP)  165 185-200 

PolyVinyliDene Fluoride 
(PVDF)  

170 190-230 

PoyAmide 6 (PA6)  220 240 

PolyButylene Terephthalate 

(PBT)  
 

225 250-280 

PolyEthylene Terephthalate 
(PET)  

 

255 280-300 

PolyEtherEtheKetone 
(PEEK)  

343 365-380 
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2. Methodology 

 

2.1 Materials 
 

Bamboo culms (Guadua angustifolia) were 

extracted from a typical bamboo plantation in 
Colombia, specifically from the Coffee Region, at 

1.300 meters above sea level. Technical fibres were 

extracted from the bamboo culms using a purely 

mechanical extraction process that neither uses 
chemicals nor high temperature (see Fig. 1). The 

length of the extracted fibres is the internode length, 

which for 48 month old culms is reported to be 
between 20 and 35 cm. The fibre diameter ranged 

between 90 and 280 µm.  The polypropylene (PP) 

film with a density of 0.9 g/cm
3
 and 20 µm thickness 

was supplied by Propex GmbH (Germany). 

 

 

 
 

 

 
 

 

 

 
 

 

 
 

 

 
 

 

 

 
 

Fig.1. Extracted bamboo fibres 

 

2.2 Methods 

 

2.2.1 Thermal treatment for single fibres  
 

The characterization of the thermal degradation in 

single bamboo fibres was carried out by measuring 

their tensile strength and stiffness behaviour after 
thermal treatment, at different temperature-time 

couples in air and inert environments. Table 2 shows 

the different combinations of temperature and 

exposure time for the fibres. The starting 

temperature was 20 °C (time = 0) and then the 

material was heated at a heating rate 5 °C/min until 
the target temperature and then kept constant until 

the desired time. Before and after the thermal 

treatment, the fibres were conditioned at room 
temperature and 50% relative humidity for 48 hours.  

 

 Time (min) 

Temperature 

(°C) 
50 60 70 80 100 120 

180       

200       

220       

250       

 

Table 2. Temperature-time couples for thermal 

treatment of single bamboo fibres. 

 

2.2.2 Thermogravimetric analysis (TGA) 

 
Thermogravimetric analysis (TGA) for bamboo 

fibres and PP samples were carried out on a SDT 

(Simultaneous DSC and TGA) Q600 T.A. 

instrument. The experiments were carried out under 
air and inert atmosphere at a flow rate of 20mL/min 

and a heating rate of 5 °C/min. Samples between 21 

and 26 mg were used. For the analysis of the 
information, TA Universal Analysis software was 

used. 

 

2.2.3 Single fibre test set-up 

 

The method to determine the individual cross 

sectional area for each individual tested fibre, 
comprises of weighing the fibres and then dividing 

the weight by the fibre length and apparent density 

(1,4 gr/cm
3 

[3]). A diameter can be estimated 
assuming that the fibres have a constant cross-

section. 

 

The single fibre tensile test was carried out using a 
mini-Instron 5943 at the Department of Metallurgy 

and Materials Engineering, KU Leuven (Belgium) 

under standard environmental conditions (21°C± 
2°C and 50±2 %RH). The fibres were pneumatically 
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clamped at 5 bar of pressure using rubber-faced 

clamps of 10x30 mm. These clamps allowed 

reducing fibre manipulations and avoiding the use of 
a paper frame. A vertical visual reference was used 

during placement of the samples on the grips in 

order to avoid fibre misalignment. The latter can 
lead to bending stresses at the grips, and thus cause 

premature failure. The crosshead speed was 0.85 

mm/min with a 1kN load cell. The load was 

registered during the entire test. The gauge length 
used to determine the strength of the fibre was 30 

mm. The number of fibres for each batch was at 

least 20 successful test samples.  
 

The fibre Young’s modulus was determined from 

the slope of the stress-strain curve (between 0.1 and 
0.3% of deformation) of single fibres tested at 70 

mm span length. With this “long” span length, the 

machine compliance (i.e. slippage on the grips) 

becomes negligible, giving an accurate measurement 
of the elongation of the samples during the test, and 

thus, a reliable calculation for the Young’s modulus. 

 
In order to corroborate the reliability of this 

methodology, the Young’s modulus obtained from 

untreated fibres tested at several span lengths  (40, 

50 and 70 mm) was compared with the values 
obtained by Osorio et al [3], for the same fibres. The 

results showed that fibres tested at “long” span 

lengths (i.e. 70 mm) did not present a significant 
difference with the reference material. Both studies 

were performed on the same type of bamboo fibres 

and under the same conditions. In Osorio’s study 
[3], a theoretical correction for the machine 

compliance, developed by Defoirdt et al [7], was 

applied in order to determine the real elongation of 

the specimens. This methodology consisted of 
plotting the modulus versus 1/span length. The 

extrapolation to 1/span = 0 (infinite fibre length), 

provides the material modulus for which slip and 
machine compliance may be ignored. When thus the 

real material modulus is known, an estimation can 

be made for the machine compliance.  Knowing this 
compliance, strain values can be corrected (this 

calculation must be done for every single 

experiment).  

 

 

 

 
2.2.4 Scanning electron microscopy (SEM) 

observations 

 
Micrographs of fibres and composites were made by 
scanning electron microscopy (SEM30 XL FEG). 

The samples were sputter coated with gold for 

further observations, using secondary electrons and 
with a beam voltage between 10 and 15 kV. 

 

2.2.5 Composite production 

 
Thermoplastic composites were prepared by 

compression moulding of stacks (~6 layers) of 

bamboo uni-directional preforms inserted in between 
the polypropylene (PP) films. The bamboo fibre 

preforms were dried overnight at 65 °C to prevent 

problems due to moisture. Fibre volume fraction was 
set around 45% by weight measurements. Several 

temperatures were used for the consolidation of the 

composites (175, 185, 200, 220 and 230 °C) in air 

environment, following the temperature profile 
shown in Fig. 2. In this procedure and starting at RT, 

the heating rate was 5 °C/min followed by a 

preheating stage during 5 minutes (20 °C lower than 
the target temperature). Then, the temperature was 

increased again at the same rate until the target 

temperature, for another 5 minutes. After this, the 
mould started to be cooling down. A constant 

pressure of 15 bars was used during all process. 

 

 
 

 

 
 

 

 

 
 

 

 
 

 
Fig. 2. Temperature profile used in compression moulding 

for the elaboration of bamboo fibre-PP composites 

(BFPC). 

 

A similar temperature profile (Fig. 2.) was followed 

for the BFPC consolidated in inert environment at 
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200 °C, 220 °C and 230 °C. A schematic view of the 

bagging system in order to maintain a controlled 

atmosphere (argon) around the mould during the 
forming phase, is shown in Fig. 3. 

 

 
 

 

 

 
 

 

 
Fig. 3. Schematic representation of the set-up for the 

production of bamboo fibre-PP composites under 

inert atmosphere. 
 

Flexural properties for UD composites with 

longitudinal disposition of the fibres were evaluated 

by 3 point bending tests on a universal testing 
machine (Instron 4426), following the ASTM 

D790M (see Fig. 4). The Young’s modulus was 

evaluated from the slope of the stress-strain curve 
between 0.3 and 0.5% of flexural strain. 

 

 

 
 

 

 
 

 

 
 

 

 

Fig. 4. 3PBT for bamboo fibre-PP composites (with 
fibres in longitudinal direction). 

 

 

3. Results and discussion 

 

3.1 Thermal degradation in single fibres 
 

TGA analysis for single bamboo fibres in different 

environments, (air and argon) is shown in Fig. 5. A 

general mass loss delay is observed when the fibre is 
treated under inert atmosphere. 

 

 

 

 

 
 

 

 
 

 

 

 
 

 

 
 

 

 
 

Fig. 5. TGA analysis for single bamboo fibres under   

Different environments (air and inert Argon). 

 

Thermal degradation in natural fibres is a complex 

process and mainly depends on the structure and the 
chemical composition of the natural fibre. In Fig. 5, 

it is observed that the first drop in mass loss is due to 

the moisture evaporation, generally at temperatures 
below 100 °C.  

 

At temperatures between 100 °C and 250 °C, some 

of the changes in physical properties of the fibers 
can be explained in terms of alterations in either 

physical or chemical structures such as 

depolymerization, hydrolysis, dehydration, 
decarboxylation and recristallyzation. Besides this, 

the formation of free radicals has been noticed [8]. 

They can contribute to the formation of 
hydroperoxide groups, responsible to a large extent 

for the depolymerization of cellulose (by bond 

scission). 

 
Besides depolymerization, a variety of oxidation and 

decomposition reactions take place, leading to the 

formation of carbonyl, carboxyl, lactone, and 
aldehyde functional groups [9]. All these reactions, 

specially the oxidative degradation of cellulose, take 

place primarily in the amorphous region of the 

cellulose [4],  giving a drastic decrease in molecular 
weight and subsequent mechanical degradation. It 

has been found that pure hemicellulose starts its 

decomposition between 220 and 315 °C, with a 
maximum mass loss rate (0.95 wt.%/°C) at 268 °C 

 

 

 

 

275 °C 

288 °C 

310 °C 

340 °C 

444 °C 

ICCM19 2444



 

5  

[10].  For bamboo fibres, hemicellulose degradation 

was found to take place at 275 °C in air, and at 

288 °C when treated in inert environment (see Fig. 
5). 

 

At higher temperatures, the cellulose thermal 
degradation observed in the TGA analysis for the 

bamboo fibres (310 °C), is mainly caused by the 

destruction of hydrogen bridges, the loss of water, 

glass transitions, changes in crystallinity, and some 
processes mentioned before (i.e., the formation of 

free radicals, carbonyl groups, and carboxyl groups) 

but at a larger scale (especially in air) [9]. The 
cellulose decomposition under inert environment is 

shifted around 20 °C. 

 
The lignin degradation is only visible for the fibres 

treated in air at around 444 °C. Pure lignin was 

found to be the most difficult one to decompose, 

doing it slowly over the whole temperature range 
from ambient to 900 °C [10]. Generally, the 

contribution of hemicellulose and cellulose to the 

thermal degradation is of much higher importance 
than that of lignin [11]. 

 

3.1.2 Thermally treated single fibres  

 
In order to have a better understanding of the 

mechanical behaviour of the composite, tensile tests 

for single bamboo fibres (in air environment) were 
analyzed after thermal treatment at different 

temperature-time couples, see Table 2. The results 

are shown in Figs. 6 and 7. 
 

Bamboo fibre strength is evidently affected 

depending of the temperature-time couples. This 

dependency has been also observed by Wielage et al 
[4], where higher temperatures and longer exposure 

times result in higher decreases of the mechanical 

properties. Also, it has been found that low 
temperatures (150 °C) and longer exposure times (up 

to 4h) reduced significantly the tenacity of ramie 

fibers [8]. A considerable drop in properties due to 
thermal treatment is not observed for the stiffness of 

the bamboo fibres, which remains in between 36 and 

45 GPa for all conditions and quite stable for low 

temperature thermal treatments, see Fig. 7. 
 

 

 

 

Fig. 6. Fibre strength after thermal treatment (in air) 
at different temperature-time couples. 

 

 

 
 

 

 
 

 

 

 
 

 

 
 

Fig. 7. Young’s modulus for the fibres after thermal 

treatment (in air) at different temperature-time 
couples. 

 

 

A clear positive effect on fibre strength is observed 
when the thermal treatment is carried out under inert 

atmosphere (Fig. 8). The strength is improved by 37 

and 45% for treatments at 200 and 250 °C 
respectively. Fibre stiffness does not show 

significant difference when the fibres are treated 

under different environments (air and argon), see Fig. 
9.  

 

SEM micrographs were made of the fibre fracture 

surfaces. For untreated fibres, mainly three types of 
fracture were identified: (a) a straight crack right 

through the elementary fibres, (b) a crack 

proceeding along the primary layer that surrounds 
the elementary fibres and (c), a combination of the 
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two. There was not found a systematic frequency of 

the failure types. The stress-strain curve is linear 

until failure with a strain to failure of 1.7 ± 0.2 %.  
 

For thermally treated fibres, especially up to 220 °C 

and exposure times higher than 50 minutes, a higher 
brittleness of the fibres is observed with a 

correspondent reduction in the strain to failure which 

drops significantly. The type of fracture for these 

fibres changed to a more “clean” fracture surface 
after tensile testing, see Fig. 10.  

 

 
 

 

 
 

 

 

 
 

 

 

 

 

Fig. 8. Fibre strength of thermally treated fibres at 200 

and 250 °C in air and argon environments.  

 
 

 

 
 

 

 
 

 

 

 
 

 

 
 
Fig. 9. Young’s modulus for the fibres thermally treated 

at 200 °C, under air and argon atmosphere. 

 

Other studies have indicated that higher thermal 

resistance of flax [12], jute [13] and hemp [5] fibres 
is found, when treated under inert atmosphere, 

where the process of decomposition of cellulose 

occurs much quicker in air environment.   

 

 
 

 

 

 
 

 

 
 

 

 
 
Fig. 10. SEM micrograph of a typical fibre fracture after 

thermal treatment, showing more brittle fracture. 

 

 

3.2 Bamboo fibre-PP composites 

 

The flexural strength of bamboo fibre-PP 
composites at different consolidation temperatures is 

shown in Fig. 11.  

 

 
 

 

 
 

 

 

 
 

 

 
 
 

Fig. 11. Flexural strength for BFPC consolidated (in air) 

at different temperatures. 
 
BFPC’s manufactured at temperatures up to 200 °C, 

present a good behaviour in flexural strength. They 

exhibited higher flexural strain to failure (~2 %) in 

comparison composites  manufactured at higher 
temperatures, but also show a continuous 

deformation without a clear fracture when tested in 

3PBT.  
The good thermal resistance for single fibres under 

the inert environment is effectively translated to the 

flexural strength of the composites. An improvement 

of 6 and 30% at 220 and 230 °C respectively was 
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reached in comparison with the composites 

produced in air. For the Young’s modulus evaluated 

in this study, the results did not shown conclusive 
results based on what was found for single fibres.  

 

During production of natural fibre reinforced 
plastics, similar studies have revealed that short 

periods of exposure to high temperatures are allowed 

without a significant decrease of the properties of 

the fibre [14]. For instance, in flax fibre, the 
decrease in mechanical properties due to exposure 

times at 200 °C shorter than 4 min was not 

significant [8].  
 

4. Conclusions  

 
It was found that that the use of inert atmosphere 

during the consolidation phase can be a well 

controlled process that can be easily adapted for the 

processing of natural fibres and thermoplastics. The 
results show that the inert atmosphere had a positive 

effect on the mechanical properties for individual 

bamboo fibres, especially in a temperature range 
between 220 and 250 °C with improvements of 37 

and 45 % respectively. Flexural strength for bamboo 

fibre/ polypropylene composites consolidated under 

inert atmosphere, indicated a significant 
improvement (30%) of the flexural strength, 

especially for (relatively) high processing 

temperatures (230 °C).  
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1 Introduction  

There is growing interest in novel 
multifunctional composite materials comprised of 
both solid and liquid components. NRL has been 
developing a new class of two-phase composites 
called poro-vascular composites (PVCs) with both 
structure and surface morphology (roughness) 
control functionality [1]. These are polymer 
laminates with an internal vascular network for the 
liquid phase that connects to sub-millimeter scale 
pore arrays on the surface. Active control of the 
liquid-phase height and meniscus shape within the 
pores (Figure 1) is expected to provide the capability 
for tailoring the surface morphology from dimpled 
to flat to domed. Liquid height control is being 
developed using volume-displacement pumping in 
the vascular channels, and liquid shape control at the 
pore exit is being developed using voltage induced 
changes in contact angle via electrode-wetting-on-
dielectric (EWOD) phenomenon. Research has been 
focused on modeling and characterizing structural 
and fluidic behaviors, multifunctional design and 
optimization, and integration on low-Re airfoils for 
active control of boundary-layer flow. 

PVC technology will enable system-level 
improvements in small UAV applications like drag 
reduction through aerodynamic boundary-layer flow 
control (e.g., switchable turbulence tripping on 
airfoils), controlled vascular heat flow transport, 
and/or switchable thermal dissipation at surfaces 
with minimal aerodynamic drag penalty. Novel air 
vehicle flight steering via profile drag and lift 
control may also be possible, which will allow for 
the replacement of standard flaps-servo hardware 
with PVC skin for critical weight reductions in 
nano-UAV systems (Figure 2).  

This paper will report on recent progress in 
several areas including: mechanical properties of the 
polyimide films being used to make PVC 
prototypes; material-electrode effects on EWOD 

control of liquid contact angles (meniscus shape) on 
flat substrates and within capillary geometries (pore-
analog); and numerical modeling and wind tunnel 
testing of mm-scale surface roughness effects on 
boundary-layer flow over small UAV-scale airfoils. 
The paper begins by providing some background on: 
PVC solid-phase materials, design, and fabrication; 
liquid-phase materials and control; and roughness 
effects on boundary-layer flow over airfoils. The 
methods used are described next followed by results 
and discussion. The paper ends with a summary and 
conclusions for further work. 

1.1 Solid-Phase Design and Prototyping 

PVC prototypes are being designed and 
fabricated from micro-machined laminates of the 
following three polyimide films: Kapton RS (a bi-
layered polyimide with one conductive layer; 2 mil 
thick total), Cirlex (10 mil thick), and Kapton HN (5 
mil thick). Layer-to-layer bonding is done using an 
acrylic adhesive film, Pyralux, in a hot-roll 
lamination process (Figure 3). Fabrication begins 
with bonding the Kapton RS and Cirlex layers 
together. Vascular channels are then laser micro-
machined into the Cirlex layer followed by laser 
drilling through the channel bottoms to create pores 
in the top RS layer (Figure 4). Details of the laser 
micromachining setup and conditions have been 
reported previously [1]. Parylene C dielectric (~5 
m thick) is then vapor deposited on the machined 
sub-laminates as an electrical dielectric (isolation) 
layer for EWOD control. A thin layer of Teflon AF 
1600 (~200 nm thick) hydrophobic coating is spin-
coated on the top of the Parylene C to create non-
wetting conditions at the pore exit/surface (Figure 5-
left). The final step involves “capping” the channel 
side with the Kapton HN layer, to serve as the base 
of the composite. Vascular pumping for liquid 
height control is currently done using an external 
(syringe) pump connected with a flexible glass 

TWO-PHASE PORO-VASCULAR LAMINATES WITH 
STRUCTURE-PLUS-SURFACE ROUGHNESS CONTROL 
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capillary. Integration of the pumping directly within 
the vascular network is a longer-term goal. 

In addition to providing structure function, 
the solid PVC phase must: contain the liquid-phase 
with minimal adverse coupling between mechanical 
deformations and liquid shape control functionality; 
scale in size (> 10 cm2) at reasonable costs; integrate 
with system structure in a “modular” fashion for 
easy removal and replacement with damage or loss 
of functionality; and allow for full integration of the 
fluidics sub-system and electrical connections. 

1.2 Liquid Phase Control 

Control of liquid phase in the pore and at the 
exit surface will be achieved by combining 
volumetric displacement pumping, for height control 
within the pore, with EWOD for meniscus shape 
control at the pore exit. A model has been developed 
to predict the effects of channel pumping and 
applied potential on liquid height and meniscus 
shape in a circular pore [1]. As liquid begins to 
“bulge” out of a pore, the curvature (and therefore 
pressure) increases until it reaches a maximum; 
beyond this, it decreases as the liquid spreads across 
the surface. If pressure-pumping is used, the liquid 
will spill uncontrollably from the pore after reaching 
the pressure inflection point. With volume-
displacement pumping, this is avoided. However, an 
array of pores connected to a channel with volume-
pumping can still exhibit siphon-spillage if there are 
any “significant” differences in individual pore 
diameters (different curvatures  pressures).  

Surface tension forces dominate at the PVC 
device scale leading to the following primary fluidic 
design parameters: geometry and dimensions of the 
pores and channels, and the pore and channel wall 
characteristics (e.g., material/coatings, roughness, 
etc.) that affect contact angle. For ideal conditions, 
the equilibrium contact angle, 0 , is governed by 
Young’s equation [2]: 

 0cos SV SL SV SL

LV

   


 
 

   (1) 

where SV is the surface tension of the solid in 

contact with a vapor phase, SL is the surface tension 
of the liquid in contact with the solid phase, and 

LV   is the surface (interfacial) tension of the 
liquid in contact with the vapor phase. In Eq. (1), 

SV  and  are intrinsic properties of the solid and 
liquid phases and can be quantified independently by 

experiment. SL is controlled by material factors and 
field conditions at the solid-liquid interface. 

Preliminary NRL work showed large 
variability in channel-pore filling behavior. Certain 
channel branches and pores do not fill while others 
allow liquid to flow and spill out of them. Adding a 
flow constriction between the channel and the pores  
(see Figure 4) improved pore-filling uniformity, but 
it did not work reliably. Fluidics analysis and design 
is needed to achieve more robust control of liquid 
flow-displacement within the channel-pore networks 
and uniform filling of connected pores within an 
array. Surface Evolver software [3] is being 
explored for this purpose to model the effects of 
pore and channel dimensions and wetting conditions 
in simple configurations. More complex geometries 
will likely require the use of finite element methods, 
which have better automated meshing capabilities. 

The liquid-phase meniscus shape in PVCs 
will be controlled using EWOD-based control of the 
contact angle at the pore walls. An applied potential 
between a conductive liquid and insulated electrode 
causes a reduction in contact angle by electrostatic 
forces [4] (Figure 5-right). The relationship between 
contact angle,  , and applied potential is given by 
the Lippmann-Young equation: 

 20
0c s coso

2
V

t
 



 

 (2) 

where 0 is the contact angle (equilibrium) at zero 

applied voltage (given by Eq. (1)), 0 the permittivity 

of free space,   the dielectric constant of the 
dielectric,   the liquid phase interfacial tension, t 
the dielectric-hydrophobic layer thickness, and V the 
applied voltage. Contact angle decreases with 
applied voltage (positive or negative) until saturation 
occurs, which has been observed from 15 to 95 
degrees [5, 6]. Saturation is not fully understood at 
present. Several mechanisms have been proposed, 
including: voltage breakdown and charge trapping in 
the dielectric layer [7, 8]; voltage breakdown in the 
vapor phase at the droplet-solid contact line [9]; and 
finite electrical conductivity of the liquid phase [10]. 

EWOD experiments characterizing changes 
in contact angle with applied potential are typically 
conducted with aqueous solutions on flat, electroded 
substrates (e.g., silicon wafers, ITO glass, etc.). 
Several more recent investigations have utilized 
ionic liquids (IL’s) [6, 11-15], which are room 
temperature “molten salts” with positive and 
negative charged species only (i.e., no solvent). IL’s 
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have very low vapor pressures, which makes them 
ideal for PVC applications where little or no liquid 
phase evaporation is desired. Mixed results have 
been reported relative to Lippmann-Young behavior 
with IL’s [6, 11]. Some report smaller than expected 
contact angle changes with voltage [12, 13] or large 
hysteresis effects [15]. 

Adapting EWOD for meniscus shape control 
in PVCs requires extension to new geometries 
(capillaries), non-uniform electroding that extends 
only a short distance from the surface into the 
capillary, and non-ideal substrates (rougher and 
more flexible). Early work with EWOD in a 
capillary was performed by Prins et al. [16]; they 
demonstrated EWOD-based height control of a 
liquid in an array of hexagonal capillaries (~350 m 
in diameter) in a honeycomb made with metalized-
polymer walls electrically insulated by a 
hydrophobic-dielectric coating. They used an 
immiscible two-layer liquid system consisting of an 
aqueous salt solution and non-polar oil to create 
larger changes in capillary pressure with changes in 
contact angle to achieve larger rises of salt solution 
within the capillaries with applied voltage. However, 
these fully electroded capillary walls are more 
similar to flat electrode configurations than to the 
electroding configuration used in PVCs. 

1.3 Roughness Effects on Boundary-Layer Flow 

The effect of surface roughness on boundary 
layer flow over airfoils is not completely 
understood, particularly in the transitional Reynolds 
(Re) number regime where a substantial portion of 
the flow is laminar. These cases are susceptible to 
boundary layer “bubble” separation, which leads to 
significant increases in drag and decreases in lift that 
may lead to “stall” (see Figure 4.43 in [17]).  

Unmanned air vehicles (UAVs) operating in 
the low Reynold’s number flight regime often utilize 
“trip strips” (e.g., strip of tape across the span) at a 
fixed chord location on the airfoil to induce 
transition to attached turbulent boundary-layer flow. 
A trip strip may increase the skin-friction drag, but 
this is compensated for by avoidance of a laminar 
separation bubble. Attached laminar flow is optimal 
(minimal drag), but maintaining laminar conditions 
for all flight conditions may not be possible, 
particularly with increasing angles of attack. 

Simulating surface roughness effects on 
boundary-layer flow can be accomplished by 
explicitly resolving the roughness features in the 
boundary-layer and solving the Navier-Stokes 

equations over a very fine, isotropic grid. However, 
this approach is computationally expensive. A less 
costly approach is to solve Reynolds-averaged 
Navier-Stokes (RANS) equations, which model the 
statistically-steady effects of the turbulence on the 
mean flow field. For large Reynolds number flows, 
these turbulence models give satisfactory results. 
However, they have not been designed for analysis 
in the transitional-Re regime. Rumsey and Spalart, 
for example, found large discrepancies in predicted 
transition locations on a smooth NACA 0012 airfoil 
using these types of turbulence models [18]. Other 
attempts have been made to specifically model the 
laminar-to-turbulence transition with varying 
degrees of success [19-21].  

In this work, the Leibeck LA 2573A airfoil 
has been used for both numerical modeling and wind 
tunnel experiments. This is a low pitching moment 
airfoil with a thickness of 13.7% of the chord, c, and 
it has been extensively characterized in wind tunnel 
tests. It employs a upper surface trip-strip at the 24% 
chord point ( 0.24x c  ) to avoid separation bubbles 
at the low Reynolds numbers for which it is typically 
used: 100,000 to 500,000. 

Table 1 shows the effect of trip strip height 
on the drag coefficient, Dc , for the LA 2573A airfoil 
at Re = 250,000 (fixed lift coefficient typical of 
cruise) determined in wind tunnel experiments [22]. 
The effect of a trip-strip on Dc for this airfoil has 
been analyzed using XFOIL, an airfoil design 
software that uses a high-order (2-D flow) panel 
method with strongly coupled viscid-inviscid 
interactions. Computed drag for a smooth LA 2573A 
at Re = 200,000 gave: 0.0194Dc  , and with a trip-

strip at 0.24x c  : 0.0135Dc  . This is a 30% 
reduction in drag between the turbulent and laminar 
flows! Table 2 lists the calculated maximum trip-
strip heights for the LA 2573A at 0.24x c   for 
Mach number 0 to 5 that avoid any penalties in skin-
friction drag [23]. Table 1 and Table 2 provide lower 
and upper bounds on trip strip height for the LA 
2573A airfoil. 

The trips-strips are chord-wise located on 
the airfoil to achieve “optimal” performance during 
the primary flight regime (e.g., steady-cruise). 
However, this chord-wise location may not be 
optimal for other flight regimes. For example, drag 
can be greatly reduced during level flight at sub-
cruise velocities by not having any trip-strip. In 
other flight regimes, it can be reduced by altering its 
chord-wise location. Multifunctional PVCs may 
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enable new opportunities for tailoring trip-strip 
characteristics like: on-off, shape and height, and 
chord-wise location. This can be used to achieve 
significant gains in UAV aerodynamic performance 
and efficiency over all flight regimes. 

2 Methods 

2.1 Mechanical characterization 

Tensile testing was performed on several 
component materials and PVC prototypes to 
determine their stress-strain behavior and their 
elastic modulus and ultimate strength properties. 
Four or five rectangular test specimens were cut 
from Cirlex, Kapton RS, and Kapton HN sheets in 
longitudinal and transverse orientations (Table 3). 
Test specimens were also extracted from several 
PVC prototypes in the pore-channel regions. 

Testing was performed on an MTS Insight 
100 test system with a 1 kN load cell and pneumatic 
grips (Instron 2712-003; 1 kN capacity) with flat-
smooth steel inserts (1 x 1.5 inch face) and 90 psi 
actuation pressure. Specimen extension in the gage 
section was measured using a large displacement 
extensometer (MTS XLT; 970 mm) with optical 
encoded sensing. Thin strips of two-sided adhesive 
film were placed across the width of the specimen 
on both sides under the extensometer knife-edge 
attachments to prevent slipping. The crosshead 
displacement rate was set at 2.0 mm/min for all tests 
resulting in an effective strain rate of 0.03 to 0.06 s-1 

on the specimens during testing. Load, crosshead, 
and extensometer displacement data were collected 
every 0.1 sec during testing. Young’s modulus, E, 
values were calculated from the load-crosshead 
displacement data and specimen geometry using: 

 
dP l

E
d A

   (3) 

where P is the applied load,  is the crosshead 
displacement, l is the specimen length between the 
grip-edges, and A is the cross-section area ignoring 
the existence of pores and channels. The load-
displacement slope, dP d , was calculated from a 
least-squares line fit in the low-load region. The data 
for fitting were selected to maximize the slope value. 
The starting point was taken at or near the initial 
(zero) load-displacement value. The endpoint was 
manually selected so as to maximize the slope value 
and generally corresponded with a load ~5-15% of 
peak during testing. Reported ultimate strength 
values correspond to the peak load divided by 
original cross-section area. 

2.2 EWOD materials and characterization 

Flat substrate EWOD experiments were 
performed on conductive polyimide films: Kapton 
200RS100 (roughness Ra = 80 nm) and Kapton 
275XC (roughness Ra = 250 nm) and compared with 
EWOD results from a gold-coated silicon wafer. The 
conductive substrates were coated with 5 m of 
Parylene C via vapor deposition performed by 
Specialty Coating Systems. They were then spin-
coated with a 2% solution (by weight) of Teflon 
1600 AF dissolved in Fluorinert FC-40 (BP ~ 165 
deg C) followed by baking at 170 deg C for 5-7 
minutes. This created a ~200 nm thick coating of 
Teflon for surface hydrophobicity. Three liquids 
were tested in EWOD: 0.1 M NaCl (Aq), 1-ethyl-3-
methylimidazolium acetate (IL2), and 1-ethyl-3-
methylimidazolium methyl sulfate (IL4). 

An FTA1000 system was used for the 
EWOD measurements with a 30 gage needle for 
providing fluidic and electric control of the droplet. 
Current between the fluid and electrode was 
monitored to ensure that dielectric breakdown did 
not occur, and the test was stopped if current 
exceeded 1 A. The test procedure consisted of 
depositing a small (<1 L) droplet on the substrate 
surface and applying a fixed potential. Liquid was 
then pumped into the droplet at a rate of 2 L/min 
while holding the potential constant and measuring 
the droplet’s advancing contact angle. Upon 
reaching a diameter of 2-3 mm (~4-6 L), the pump 
was reversed, extracting liquid at a rate of 2 L/min 
while holding the potential constant and measuring 
the droplet’s receding contact angle. The average of 
the advancing and receding angle values is reported 
in this work. This procedure of measuring both 
advancing and receding angles as a function of 
voltage gives more accurate and repeatable results 
than the typical EWOD procedure, which holds 
droplet volume constant while varying the potential.  

Glass capillary samples (1.5 mm OD, 1.1 
mm ID) were electroded for EWOD at one end. 
First, the EWOD end was mechanically polished to 
achieve a flat and smooth surface perpendicular to 
the axis. It was then “stamped” onto a thin liquid 
film of Cabot CCI-300 silver nanoink that coated the 
end and wicked < 0.2 mm up the inside and outside 
walls of the capillary. A fine line of the silver 
nanoink was painted on the outside as a connecting 
lead. The nanoink was then cured at 175 deg C for 
45 min. After drying, they were sent for coating with 
~5 m of Parylene C (vapor deposition; Specialty 

ICCM19 2452



 
 

Coating Systems). They were then dipped in a 1% 
solution (by weight) of Teflon 1600 AF in Fluorinert 
FC-72 (BP ~56 deg C). Excess liquid was blown-off 
the capillary using compressed air. They were baked 
in a vacuum oven at 70 deg C for up to 3 days.  

EWOD testing with the capillaries was 
challenging due to the difficulty in observing the 
contact angle on the ID walls when backlit. 
Fluorescein disodium salt (D&C Yellow #8) was 
dissolved into 0.1 M NaCl solution at a 
concentration of 0.001 mg/mL. A 405 nm blue laser 
was used to illuminate the capillary liquid, and it 
was video imaged through a 550  50 nm optical 
bandpass filter for better contrast. Higher 
concentrations of the Fluorescein produced brighter 
images, but also increased the contact angle 
hysteresis. Contact angles of 120 deg (advancing) 
and 104 (receding) were measured while pumping 
the fluorescent solution into the capillary at 0.5 
μL/min, which is similar to that expected for pure 
0.1 M NaCl solutions. Capillary EWOD testing was 
performed by manipulating the voltage on the silver 
nanoink electrode while keeping the liquid 
connected to ground. 

2.3 Wind tunnel characterization 

The wind tunnel used was a low-speed (13-
100 m/s), closed-throat, single-return, atmospheric 
facility with a square 1.2 m x 1.2 m test section with 
filleted corners, and the sting-balance specifications: 

 Normal force: 333 N max; accuracy = 0.09 N 
 Axial force: 67 N max; accuracy = 0.04 N 
 Yaw moment:  2.8 N-m max; accuracy = 0.002 N-m 

The LA 2573A airfoil had a 0.61 m span, 
0.2 m chord, c, and 0.137c thickness. Attachment to 
the sting-balance was made at the trailing edge of 
the airfoil at the centerline. The airfoil was 
constructed with a fiber-glass skin and a foam core. 
A shallow slot (35 mm wide x 1 mm deep) was 
milled into the upper surface across the span 
centered about the 0.24x c   chord location. This is 
so that PVC test patches could be integrated into the 
airfoil without creating vertical seams that would 
disrupt or alter the boundary-layer flows. 

A series of tests were planned to 
characterize the effects of various airfoil surface 
conditions; they are listed in Table 4 and shown 
schematically in Figure 6. A smooth LA 2573A 
airfoil was tested for baseline performance purposes. 
Silicone-rubber “static PVC analog” patches 1.0 mm 
thick with 1.0 mm diameter semi-spheres (0.5 mm 

protrusion height) in linear and staggered arrays 
were molded for use in the wind tunnel tests (Figure 
7). The effect of (classical) trip-strip height on lift 
and drag was assessed to verify the minimum height 
required to avoid bubble separation. Testing of an 
alternative PVC patch trip-strip was also planned to 
assess its ability for tripping the boundary layer flow. 
Several other PVC patch configurations were tested 
to assess their affects on lift and drag and their 
ability to provide steering forces depending on their 
configuration and location on the airfoil. 

2.4 Computational modeling 

Two-dimensional air flow over the LA 
2573A airfoil with chord-length, c = 0.202 m, was 
analyzed. An O-grid was generated to surround the 
airfoil out to a radial distance of 450c with a 
minimum wall-normal grid spacing in the boundary 
layer of 0.0002 m. Grid points were clustered in the 
streamwise (“x”) direction near the leading and 
trailing edges of the airfoil, and near the center, thin 
anisotropic quadrilateral cells conform to the surface. 
Inflow conditions were Re = 200,000 based on c, 
giving a Mach number of 0.2. Compressibility 
effects were expected to be negligible under these 
conditions, and time step restrictions associated with 
low Mach number flows should be comparable to 
those required for the viscous effects. Riemann far-
field conditions were used with the specified inflow 
conditions necessary to achieve the desired Re and 
Mach number values. No-slip conditions were 
imposed on the airfoil surface.  

Reynolds-Averaged Navier-Stokes (RANS) 
equations were solved using a realizable k-ε model 
for the turbulence closure, where k is the turbulence 
kinetic energy parameter and ε is the turbulence 
dissipation rate. The RANS equations were solved 
up to the wall without the use of empirical wall 
functions, which amounts to setting k = 0 and dε/dn 
= 0 where n is the direction normal to the surface.  

Two airfoil surface conditions were 
considered. The first surface was perfectly smooth, 
and the second incorporates a patch of 2 mm 
diameter semi-cylinders (PVC analog; axis along 
wing span) separated 1 mm edge-to-edge on the top 
of the airfoil over 0.12 0.30x c  . 

Two different strategies for dealing with the 
laminar-to-turbulent transition were employed. The 
first explicitly modeled the PVC roughness features 
that block the boundary layer cells and act as source 
terms for production of k. In the second, turbulence 
production levels were increased in regions of strong 
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laminar flow curvature, which indicates separation. 
The equations were solved using a pre-conditioned, 
compressible Navier-Stokes, finite-volume solver in 
the CFD++ software, which uses a Riemann solver 
to compute the convective fluxes. Implicit time 
integration and dual time-stepping were used to 
rapidly converge to the steady state solution. 

3 Results and Discussion 

3.1 Mechanical properties  

Figure 8 shows typical stress-strain curves 
for the PVC material components in both the 
longitudinal and transverse directions. Curves for 
two prototype PVC’s are also shown. Figure 9 
shows tensile modulus and ultimate strength values 
for the material components in both the longitudinal 
and transverse directions. 

The results show that the mechanical 
performance in the transverse direction is slightly 
better (stiffer and stronger) than in the longitudinal 
direction for all materials. The differences are 
probably not significant, and selection of the layer 
orientations during lamination can be used to 
minimize or maximize anisotropy. The Cirlex-T 
exhibited the largest modulus, and the Kapton-HN-T 
exhibited the highest strength. Kapton RS exhibited 
lower modulus and strength than either of the other 
two materials. HN showed the highest elongation 
followed by the RS and then the Cirlex.  

The stress-strain behavior of the PVC 
prototype falls significantly below that of the 
component materials (Figure 8) due to the pore and 
channel cut-outs in the gage section. These 
prototypes (#5/6) consisted of one layer of Cirlex, 
with pores and channels machined, bonded to 
Kapton HN on the channel side. The pores were 1 
mm in diameter with 1 mm edge-to-edge spacing in 
both directions for a 20% pore areal density. The 
entire gage section of the test specimens was 
covered with pores and channels, and the channels 
were aligned with the loading axis. The average 
measured modulus was 1460 MPa, and the average 
measured ultimate strength was 71.5 MPa.  

Theoretical predictions of the average 
tensile modulus for two laminate configurations, 
without pores or channels, were: RS-Cirlex-HN = 
3085 MPa, and Cirlex-HN = 3145 MPa (PVC 
prototype configuration). Strength predictions were 
governed by failure of the weakest component 
material, the Kapton RS, and gave: RS-Cirlex-HN = 
114 MPa, and Cirlex-HN = 160 MPa. The averages 
found in testing (Figure 8): E = 1460 MPa, and S = 

71.5 MPa represent a ~55% decline in property 
values, apparently due to the pore and channel 
material cut-outs. 

3.2 EWOD behavior 

Figure 10 shows contact angle change with 
applied voltage on the Kapton RS substrate for the 
three tested liquids with the accompanying 
Lippmann-Young fit. The primary observed effect of 
liquid composition is a change in the zero voltage 
contact angle ( 0 ): Aq (111 deg), IL4 (98 deg), and 
IL2 (92 deg). This correlates with their decreasing 
interfacial tension,  , (0.072 N/m, 0.053 N/m, and 
0.043 N/m, respectively) and is consistent with 
contact angle physics models. The semi-empirical 
model proposed by Good & Girifalco [24]: 

 0 02SL S S         (4) 

accounts for the effect of the liquid’s interfacial 
tension on the surface energy of the solid-liquid 

interface, SL . In Eq. (4), 0S  is the solid-vapor 

surface tension in vacuum (which is assumed to be 
approximately equal to SV ), and   is a function of 
molecular properties of the solid and liquid materials 
and has been shown to be between 0.5 and 1.3 [2]. 
Inserting  Eq. (4) into  Eq. (1) and simplifying gives: 

 0 constantcos 1SV



   , (5) 

which predicts a decreasing 0  with decreasing  .  
In contrast, there was little or no difference in 
EWOD data from the same liquid on different 
substrates, which also is in agreement with 
Lippmann-Young Eq. (2), where the only effect of 
the solid is the dielectric thickness and properties, 
which were identical for all three tested substrates. 

Figure 11 summarizes the EWOD data for 
the three liquids averaged across all substrates. The 
key finding here is that all three liquids saturate at a 
common contact angle value (~80 deg), regardless 
of liquid or substrate. Minimizing the angle of 
saturation is desirable for applications because it 
increases the total change in contact angle with 
applied potential. Methods to reduce the saturation 
contact angle have been proposed, like different 
dielectric coating materials and thicknesses, and AC 
rather than DC applied potential. An investigation to 
better understand the independence of saturation 
angle with liquid-type is ongoing.  

A series of video still photographs showing 
liquid height and meniscus control in a capillary is 
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shown in Figure 12. The meniscus is difficult to see 
in some of these photographs, and the red curves 
have been added to indicate the meniscus locations. 
The video permits better discernment of the 
meniscus than is possible with the individual still 
photographs. Analysis of the video shows that a ~70 
degree change in contact angle occurred with a 
change in applied potential: 110 deg at 0 V versus 
40 deg at 200 V (angles relative to the pore wall). 
These contact angle changes were repeatable with 
changes in applied potential. 

These initial capillary experiments show a 
much greater range in contact angle change with 
potential (70 degrees) compared to the flat-substrate 
results (~30 degrees or less). This is thought to be 
due to the different electrode-liquid geometries of 
the two EWOD systems. The reduction of contact 
angle with applied potential for a flat substrate is 
governed by a balance between the liquid’s surface 
tension and the (ionic) charge repulsion forces at the 
solid-liquid interface. Surface tension acts to 
minimize the liquid-air and liquid-solid surface areas 
while charge repulsion at the solid-liquid interface 
acts to spread the drop [4].  

In contrast, the extent of electroding within 
the capillary ID is limited to a small band at the exit 
(Figure 5-left). EWOD within the capillary still 
involves a balance between surface tension and 
charge repulsion, but the equilibrium configuration 
is constrained by the limited electroded area. As the 
meniscus advances closer to the electrode, the 
contact angle remains unchanged (nonwetting) up to 
some point where a transition occurs with the 
circumferential contact line “jumping” up to the 
electrode region and changing from nonwetting to 
wetting contact angle. The contact line remains 
confined within this electrode zone while liquid is 
pumped-in resulting in a gradual increase in 
curvature to flat meniscus and then bulging from the 
capillary exit (dimpled to flat to domed per Figure 1). 
Conversely, as liquid is extracted, the contact line 
remains pinned to the electrode region until some 
minimum contact angle is reached that is much 
smaller (~35 deg) than that observed for flat-plate 
EWOD. The contact line eventually “de-pins” as the 
meniscus recedes from the electrode, and the contact 
angle re-establishes its nonwetting value. 

3.3 Wind tunnel measurements 

Figure 13 shows lift and drag data for the 
LA 2573A airfoil with a smooth surface and with the 
0.457 mm high trip-strip at 0.24x c  . The 0.457 

mm high trip-strip provided the greatest reduction in 
drag. In typical applications, this airfoil is operated 
in steady-cruise at Re ~ 200,000 to 400,000 with an 
angle of attack of 6 degrees, which corresponds to a 
lift coefficient value of 0.55. Under these conditions, 
the drag coefficient in the untripped configuration is: 

0.16Dc  , and with the trip-strip: 0.12Dc  . This is 
a 25% reduction, which is close to the 30% 
difference predicted by the XFOIL 2-D Airfoil code 
described in the introduction. 

The wind tunnel experiment to assess the 
tripping capability of a span-wise 38 mm wide PVC 
patch is ongoing due to delays caused by wind 
tunnel equipment problems. However, given that the 
standard 3.175 mm W x 0.475 mm H rectangular 
trip-strip functions well at tripping the flow, it seems 
likely that the 38 mm wide PVC patch with 0.5 mm 
high semi-spherical dome roughness elements 
should also trip the flow.  

The next series of experiments looked at the 
effect of PVC roughness patches placed on the 
airfoil topside at the outboard tip regions, extending 
from the back edge of the 3.175 mm x 0.475 mm 
trip-strip to the trailing edge within the adverse 
pressure gradient portion of the turbulent boundary 
layer. In other words, these tests assessed whether 
the 0.5 mm high roughness features were large 
enough to induce an increase in skin friction drag for 
potential aircraft steering applications. No 
measurable effect was observed for the symmetric 
blank (smooth) patches. A slight increase in drag 
was observed for symmetric placement of PVC 
domed patches on the airfoil (bottom left of Figure 
6). For the non-symmetric bump-smooth patch 
configuration (bottom right of Figure 6), an 
increasing yaw moment occurs with increasing angle 
of attack (AoA) (Figure 14). The magnitude is 
relatively small (0.005 at 7 degrees AoA), but it 
should be sufficient to steer the vehicle under typical 
mission flight conditions.  

3.4 Numerical predictions 

The predicted turbulence kinetic energy 
fields generated in the boundary layer flows over the 
LA 2573A model airfoil pitched at 0 degrees to the 
incoming flow are shown in Figure 15. The solid red 
line shows the transition behavior predicted by the k-
ε model for an airfoil with a smooth surface. 
Transition is indicated by the sudden increase of k 
values in going from the leading-edge (LE) to 
trailing-edge (TE). The black dashed line shows the 
transition behavior for the same airfoil with a 2-D 
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PVC analog consisting of a span-wise patch of semi-
cylindrical roughness elements, 2 mm in diameter, 
positioned between 0.12 0.30x c  on the chord. 
The turbulence-energy k values indicate that the 
transition point is moved upstream from 0.35x c   
for the smooth condition to the front-edge of the 
PVC patch ( 0.12x c  ). While not shown in this 
paper, this effect was found to be less pronounced at 
higher angles of attack (e.g., 10 degrees) where the 
transition point for the smooth airfoil also moves 
forward towards the LE and roughly coincides with 
the front-edge of the PVC patch. These findings 
support the notion that the PVC surface morphology 
(1 mm high semi-spherical domes) can initiate 
boundary-layer tripping.  

Figure 16 shows lift and drag coefficient 
plots computed for the LA2573A airfoil with either 
smooth or PVC roughness conditions on the skin at 
various angles of attack. The boundary layer is 
called “untripped” for natural transition on the 
smooth airfoil and “tripped” for roughness-induced 
transition with the PVC patch. 

The lift data in Figure 16 shows essentially 
no difference between the smooth and PVC airfoils. 
However, conclusions are somewhat complicated by 
the fact that the numerical simulation cannot capture 
laminar bubble separation (stall) on the smooth 
airfoil at the higher angles of attack. This is expected 
to increase the drag experienced by the smooth 
airfoil significantly beyond that which would be 
experienced by the PVC airfoil, and is indicated 
notionally by the red-dashed line. 

There is a notable difference in predicted 
drag between the two airfoil roughness conditions. 
The current simulation captures the effects of skin-
friction drag and indicates that roughness via PVC 
or otherwise creates drag forces, such as the yaw 
forces observed experimentally in the wind tunnel. 

4 Summary and Future Work: 

The work and findings reported in this paper 
have provided a better understanding of the technical 
challenges associated with designing and fabricating 
multifunctional PVCs. Fluidic control, structure-
fluidic coupling, and roughness affects on the 
boundary-layer flow over low-Reynolds airfoils are 
key areas requiring further research.  

Modeling and experiments showed that mm-
scale surface roughness features influence transition, 
drag, and lift behavior on a small UAV airfoil (LA 
2573A) in an operational flight regime. Modeling 
showed that tripping (laminar to turbulent transition) 

occurred with a patch of 1 mm semi-spherical 
protrusions towards the leading edge, with further 
support by wind-tunnel results that demonstrated 
transition with an even smaller 0.5 mm high span-
wise surface ledge (trip-strip). Non-symmetric 
placement of surface roughness (PVC patches) on 
the topside of the airfoil (0.5 mm bumps on one side, 
smooth on the other) demonstrated the development 
of a yaw moment that could be used for aircraft 
steering, and modeling showed increases in skin-
friction drag with PVC patching. While these results 
are preliminary, they support the notion of using 
PVCs for active control of surface roughness for 
improved aerodynamic performance and efficiency. 

The novel demonstration of EWOD in a 
capillary showed significant amplification of contact 
angle change with applied potential that raises new 
questions. The 70 degree change with applied 
potential, from an average non-wetting angle of 110 
degrees at 0 V to an average wetting angle of 40 
degrees at 200 V, was more than double the angle 
change observed in the flat plate EWOD tests with 
identical electrode-coating parameters. Another key 
result was the demonstration of Lippmann-Young 
EWOD behavior with ILs in the flat substrate 
experiments, contrary to two prior studies [12, 13]. 
The ILs, however, showed significantly less change 
in angle with potential than the aqueous solution. 
This potential limitation, which is due to saturation 
at the relatively large ~80 degree angle for all tested 
liquids, points to the need for further understanding 
of EWOD saturation. 

Mechanical testing demonstrated a range of 
useful stiffness and strength values from the 
candidate polyimide component materials. The 
addition of machined channels and pores in laminate 
prototypes resulted in a ~55% decrease in modulus 
and strength. Improvements are expected with future 
design refinements and investigation to better 
understand how the pores and channels and their 
configuration influence mechanical properties, their 
anisotropy, and the coupling between mechanical 
deformation on liquid phase behavior and control. 

Planned future work on fluidic control 
includes: refinements of the capillary experiment to 
advance scientific understanding of EWOD in these 
new geometries; the development and 
characterization of PVC laminate prototypes in 
single- and multi-pore configurations (e.g., 2x2 and 
4x4 arrays); and external and internal vascular 
liquid-displacement pumping. These prototypes will 
also provide useful test-beds for characterizing 
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coupling between liquid height and meniscus shape 
control and the mechanical deformations of the 
laminate and boundary-layer flows over the surface. 

Much better understanding of the effects of 
mm-scale roughness on boundary-layer flow with 
low-Reynolds airfoils is needed to help guide the 
design of PVCs for performance enhancement in 
specific UAV applications. For example, how does 
the scale and configuration of the surface roughness 
and its location on the airfoil effect the boundary-
layer flow? What are the best airfoil configurations 
and flight regimes for performance enhancement by 
PVC technology? Large-eddy simulations will be 
explored to better capture the inherently unsteady, 
three-dimensional phenomena occurring in the 
boundary layer of PVC skin airfoils. Advancements 
in methods for integrating PVC prototypes with the 
wind tunnel airfoil models are also needed to 
eliminate or mitigate surface discontinuities at the 
PVC-airfoil interfaces. These can overwhelm the 
PVC roughness effects on the boundary-layer flow. 
Success will enable more accurate measurements of 
transition and drag/lift and guide the integration of 
PVC skin in future UAV applications. 
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6 Tables  

Trip Strip Height 
[mm] 

Drag Coefficient, 
Dc  

Lift Coefficient, 
Lc  

0.000, 
free transition 

0.020 0.55 

0.152 0.015 0.55 
0.305 0.010 0.55 

Table 1: Trip-strip height effects on drag and lift 
coefficients for the LA 2573A airfoil at Re = 250,000 

when placed at 0.24x c   [22]. 

 
Reynold’s number, Re Maximum trip-strip height, h 

[mm] 
200,000 0.483 
250,000 0.406 

Table 2: Calculated maximum trip-strip height at 
0.24x c  for the LA 2573A airfoil at Re = 250,000 that 

results in no skin friction drag penalty [23]. 
 
 
 
 
 
 
 

Material 
Avg. 

Thickness 
[mm] 

Avg. 
Width 
[mm] 

Avg. 
Length 
[mm] 

Number 
Tested 

Kapton 
200RS100, L 

0.065 25.46 115.2 5 

Kapton 
200RS100, T 

0.064 25.38 126.3 4 

Cirlex 
1000CL, L 

0.258 12.81 125.7 4 

Cirlex 
1000CL, T 

0.254 12.86 126.0 4 

Kapton HN, L 0.127 25.48 113.1 5 
Kapton HN, T 0.128 25.57 127.3 4 
Prototypes 5/6: 
Cirlex-Pyralux-

Kapton HN 
0.401 14.98 76.0 2 

Table 3: Mechanical test sample materials and dimensions. 
 

Airfoil Configuration Test Purpose 
Smooth Baseline 

Standard rectangular trip-strips: 3.175 
mm W x 0.305, 0.457, or 0.711 mm H on 

smooth airfoil centered at 0.24x c   

Comparison of drag and lift 
coefficients with baseline 

PVC trip-strips: staggered array 38 mm 
W x 1.0 mm semi-sphere in slot centered 

at 0.24x c   

Demonstration of PVC 
tripping capability 

Rectangular trip-strip: 3.175 mm W x  
0.457 mm H at 0.24x c   plus PVC 

patches on airfoil top, symmetric at 
outboard edges 

Assessment of PVC effects 
on skin friction drag 

Rectangular trip-strip: 3.175 mm W x  
0.457 mm H at 0.24x c   plus PVC and 

blank patches on airfoil top, anti-
symmetric at outboard edges 

Assessment of PVC skin 
friction drag for yaw 

moment steering potential 

Table 4: Wind tunnel test configurations. 

7 Figures  

 
Figure 1. Liquid configurations for a circular pore. Liquid 
height is controlled by pumping in the vascular channels, 
and meniscus shape is controlled changes in contact angle 

via electrode-wetting-on-dielectric. 
 

  
Figure 2. Notional unmanned air vehicle with PVC skin 
covering the airfoil for control of boundary-layer (BL) 

tripping and surface friction drag steering. 
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Figure 3. PVC laminates and flat-substrate EWOD cross-
sections. (Top) functional PVC prototype configuration; 
(bottom) mechanical test configurations (PVC #5 & #6).

 

 
Figure 4. PVC prototype laminate. (Left) channel-side 

view showing a filling-channel on the left for connection 
to a flexible glass-capillary and external pump. (Right) 

channel and pore machining details. 
 

 

Figure 5. (L) Cross-section view of a PVC pore showing the 
configuration for EWOD at the pore surface exit; (R) Flat 
EWOD setup and notional change in contact angle versus 

applied potential. 
 

 

 

 
Figure 6. Airfoil patching configurations used in wind 

tunnel testing. 

 
Figure 7. Silicone rubber molded PVC skin patch with 1.0 

mm diameter semi-spherical protruding domes that are 
staggered row-to-row. 

 
Figure 8. Typical stress-strain behavior for the PVC 

components and a prototype with 1 mm dia. pores (~20% 
areal coverage) and channels in the gage section. 

 

 
Figure 9. Modulus/strength values for PVC components 

in longitudinal (L) and transverse (T) orientations. 
 

 
Figure 10. Flat-plate EWOD results showing effect of 
different liquids. The points are experimental data, and 

the curves are Lippmann-Young equation fits to the 
“bold” data points. 
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Figure 11. Flat-plate EWOD results averaged over all 

substrates. The band shows the common saturation angle, 
and the error bars represent  standard deviation of all 

data at a given liquid/voltage combination. 
 

 
Figure 12. EWOD in a glass capillary showing behavior 

under non-wetting (top; 0V  ) and wetting (bottom;
0V  ) conditions for different liquid heights. 

 

 
Figure 13. Lift versus drag measurements for the LA 

2573A airfoil with and without a trip-strip. The trip-strip 
significantly reduces drag under higher lift conditions 

corresponding to larger angles of attack. 
 

 
Figure 14. Development of yaw moment with non-

symmetric PVC patching on the airfoil topside.  
 

 
Figure 15. Turbulence energy values for an LA 2573A 
airfoil with a smooth (red) and a PVC (black) surface. 

The PVC patch shows the transition to a turbulent 
boundary-layer closer to the leading edge of the airfoil.  
Plots of the turbulence over the airfoils are shown in the 
insets with the PVC case on top and smooth on bottom. 

 

 
Figure 16. Predicted lift and drag coefficients for the LA 
2573A airfoil with smooth or PVC patched top surface. 

The dashed red line is the expected behavior for a smooth 
airfoil undergoing bubble-separation flow at higher AoA. 
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1 Introduction  

Lead zirconate titanate (PZT) is a ceramic material 
with pronounced piezoelectric properties and 
therefore used in actuation and sensing 
applications [1]. PZT fibers are applied in 
electromechanical transducers such as Active Fiber 
Composites (AFC) and serve as the piezoelectrically 
active component. AFCs usually consist of a 
monolayer of piezoelectric fibers arranged in 
parallel in a polymeric matrix (typically epoxy 
resins). Surface electrodes on both sides allow for 
the application or detection of electric fields [2]. 
Sensors and actuators made of PZT fibers have 
distinct advantages compared to monolithic 
piezoelectric devices. Due to the brittleness of PZT, 
fibers are easier to handle without damage than bulk 
material. Also, a composite of PZT fibers and a 
polymeric matrix is more flexible and robust in 
contrast to monolithic piezoelectric devices. 
Therefore, AFCs are more suitable for applications 
in curved structures. Furthermore, using PZT fibers 
instead of wafers allows for weight savings and a 
stronger longitudinal effect [2, 3].  
Piezoelectric devices are capable of transforming 
electrical energy into mechanical energy (actuation) 
and vice versa (sensing). Hence, AFCs can be used 
for vibration suppression, noise control, contour 
control and structural health monitoring [1, 4]. 
Among other parameters, the performance of AFCs 
significantly depends on the interfacial adhesion 
between the PZT fibers and the polymeric matrix. 
For example, the transformation of an electric signal 
into an ultrasonic sound is considerably influenced 
by the level of bonding between fibers and matrix. 
Hence, this work is concerned with the 
determination and improvement of the interfacial 
adhesion between one type of PZT fibers of 290 µm 
in diameter and a selection of epoxy resin matrices. 

For this, the single-fiber fragmentation test 
(SFFT) [5] has been chosen to experimentally 
determine the interfacial adhesion (see Fig. 1). Apart 
from measuring the differences in adhesion between 
the PZT fibers and several epoxy resin matrices, the 
application of customized surface modifications to 
the fiber surfaces is envisaged to investigate their 
influence on interfacial adhesion. Surface 
modifications of polyurethane- or epoxy-based 
compatible coatings with silane coupling agents will 
be reported. 

2 Experimental 

Several micromechanical methods exist for the 
determination of interfacial adhesion such as the 
single-fiber pull-out test, the microbond test, the 
microindentation test and the single-fiber 
fragmentation test [5]. Preliminary tests have shown 
that the mostly applied single-fiber pull-out is not an 
appropriate method for the rather thick and brittle 
PZT fibers. Instead, the single-fiber fragmentation 
test (SFFT) has been chosen for the experimental 
investigation of the interfacial adhesion (see Fig. 1). 

FF

analyzed section

dogbone-shaped specimen

fiber fragments

 
Fig. 1. Principle of the single-fiber fragmentation test. 

In the SFFT, a single fiber is fully embedded in the 
middle of a dogbone-shaped specimen which in turn 
consists of the matrix material to be tested. The 
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specimen is increasingly loaded in tension and the 
fiber breaks repeatedly into fragments. The so-called 
fragmentation process proceeds until it reaches the 
saturation limit. At saturation, the fragments are too 
short to build up tensile stresses transferred from the 
matrix to the fiber high enough to provoke further 
breakage. Fig. 2 illustrates how tensile stresses 
transferred from the matrix build up in fiber 
fragments of different lengths [6]. In order to 
introduce the maximum tensile stress a fiber can 
bear (σf max), a fragment must have at least the critical 
length lc. If a fragment’s length is bigger than or 
equal to lc and if shear stresses between matrix and 
fragment are high enough, this fragment can break 
again. Consequently, the fragments with lengths l1 
and l2 are too short to build up σf max and therefore 
cannot exhibit further breaks [6].  

l1 l2 lc l > lc

df

σf

σf max

lc/2

 
Fig. 2. Build-up of tensile stresses in fiber fragments with 
different lengths below, equal to and above lc [6]. 

The observation of the fragmentation process and 
the measurement of the fragment lengths are carried 
out with an optical microscope. The lengths of the 
fragments can then be used to derive an average 
value for the interfacial shear strength (IFSS) 
applying the frequently used constant shear model 
given by Kelly and Tyson [7]: 

 
c

ff

l

d

2
max ⋅

=
σ

τ  (1) 

In equation (1), τ represents the IFSS, df the fiber 
diameter and σfmax the fiber tensile strength at critical 
length. The critical length lc is defined as 4/3 of the 
average fragment length. 
For the SFFT, a new device has been set up 
comprising a tensile testing machine (Z2.5, Zwick 
Roell, Germany), a digital microscope (VHX  100, 
Keyence, Japan) and stages for x-,y- and z-motion of 
the objective. The analyzed section of the SFFT 

specimens is 40 mm long and has a cross section of 
2*2 mm2. The constant strain rate is 0.08 %/min. 
The SFFT-specimens are produced with silicone 
moulds. A photograph of a specimen is depicted in 
Fig. 3. 

epoxy
resin analyzed section: 

40 mm PZT fiber

50 mm

2 mm 6 mm
 

Fig. 3. Photograph of a SFFT-specimen with a PZT fiber 
embedded in epoxy resin. 

Tab. 1 shows the selection of epoxy resin matrices. 
All matrices are room temperature (RT) curable and 
consist of bisphenol-based resins in combination 
with aminic hardeners. Different curing conditions 
are applied to the SFFT-specimens. All specimens 
are cured at RT. Some specimens are additionally 
heat treated at elevated temperatures (details 
concerning the curing conditions are given in 
section 3). 

Tab. 1. Specification of selected epoxy resin matrices 
including mixing ratios for resin and hardener 

matrices 

A B C D E 
resin + hardener                                               

(company) 

Araldite® 
2020/A + 
Araldite® 
2020/B 
 

L +  
EPH 500 

L + L L 20 +  
EPH 161 

L 20  + 
EK 960* 

(Huntsman) (R&G Faserverbundwerkstoffe, 
* Momentive) 

resin : hardener 

100 : 30 100:63 100:40 100:25 100:34 
 

3 Results 

Fig. 4 to Fig. 8 display results of the SFFT in terms 
of fiber breaks-displacement curves for the matrices 
listed in Tab. 1. In principle, all 
fiber breaks-displacement curves exhibit S-like 
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3  

INVESTIGATIONS OF INTERFACIAL ADHESION BETWEEN PZT 
FIBERS AND EPOXY MATRICES  

shapes as long as the tested specimens reach 
saturation of fragmentation. They can be separated 
into three sections. In the beginning, the strains of 
the specimens are low and no fiber breaks occur. In 
the middle section, the total numbers of fiber breaks 
accumulate causing the curves to rise up with their 
highest inclinations. In the end section, reaching 
saturation, the curves show an asymptotic behavior. 
Accordingly, if specimens do not reach saturation 
level, their fiber breaks-displacement curves show 
parts of an S. If the numbers of fiber breaks remain 
constant three times in a row, saturation of 
fragmentation is assumed to be achieved. As the 
determination of a reliable value for the tensile 
strength at critical length σfmax (lc) of the PZT fibers 
proves to be difficult, quantitative analyses and 
comparisons of the SFFT-results are done in terms 
of critical aspect ratios and numbers of fiber breaks. 
Fig. 4 shows the fiber breaks-displacement curves of 
SFFT-specimens with the base material matrix A. 
Three different curing conditions are tested: 
exclusive RT curing, additional tempering at 40 °C 
for 16 h and additional tempering at 60 °C for 3 h 
(with 5 specimens per curing condition). The curve 
of the specimen termed “16h 40°C I” shows a non-
typical shape. The reason is that, for this specimen, 
no current values of fiber breaks recorded during the 
fragmentation process are available but only to total 
number of fiber breaks. 3 of 5 RT-cured specimens 
reach saturation level. Their total numbers of 
fragments are low. This, in turn, means long average 
fragment lengths which indicate weak adhesion 
between PZT fibers and matrix. In contrast, the 
specimens with additional heat treatment do not 
reach saturation of fragmentation. Nevertheless, 
their total numbers of fiber breaks are up to 10 times 
higher compared to the RT-cured specimens. Hence, 
even without saturation it can already be deduced 
that the load transfer between fiber and matrix is 
increased multiple times by additional heat 
treatment. Furthermore, it can be seen that the 
specimens tempered at 40 C° range between 50 and 
80 fiber breaks whereas the specimens tempered at 
60 °C range between 40 and 60 fiber breaks. Taking 
into account that specimens tempered at 40 °C and  
specimens tempered at 60 °C exhibit asymptotic 
behavior which corresponds the final part of the 
aforementioned S-shape, Fig. 4 suggests the highest 
interfacial adhesion for the specimens tempered at 
40 °C. 
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Fig. 4. Cumulative number of fiber breaks plotted against 
displacement of SFFT-specimens with matrix A and 
different curing conditions (RT, 40 °C, 60 °C) 

Results for SFFT-specimens with matrix B can be 
found in Fig. 5. 5 specimens are exclusively RT-
cured and 5 specimens are additionally tempered at 
40 °C for 15 h. The initial linear increase of the 
curve of specimen “15h 40°C III” is simply due to 
the fact that the current number of fiber breaks for 
this specimen is only available for 
displacements > 0.9 mm. For both curing conditions, 
saturation is reached. The RT-cured specimens are 
characterized by a rather high degree of scatter of 
their saturation levels. Their final numbers of fiber 
breaks range from 13 to 36. The curves of the 
specimens tempered 40 °C all stagnate in a 
comparatively narrow window of 40 to 46. Thus, the 
average fragment lengths are lower after tempering 
which indicates stronger interfacial adhesion. 
The named scatter is illustrated more clearly in Fig. 
9 in terms of critical aspect ratios lc/d. It is 
observable how the critical aspect ratios of the RT-
cured specimens decrease with increasing curing 
time. Lower critical aspect ratios stand for higher 
interfacial adhesion. Consequently, an increased 
curing time for the RT-cured specimens with matrix 
B is accompanied by higher interfacial adhesion. 
Furthermore, Fig. 9 demonstrates that the RT-cured 
specimens with longer curing time reach critical 
aspect ratios almost as low the corresponding values 
of the heat-treated specimens. Also, it is inferred that 
the heat treatment removes the scatter apparent for 
the RT-cured specimens and causes the critical 
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aspect ratios of the tempered specimens to yield 
values between 4.0 and 4.6. 
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Fig. 5. Cumulative number of fiber breaks plotted against 
displacement of SFFT-specimens with matrix B and 
different curing conditions (RT, 40 °C) 

In Fig. 6, fiber breaks-displacement curves of SFFT-
specimens with matrix C are shown. 5 specimens are 
RT-cured, 7 specimens are tempered at 40 °C for 
15 h. The RT-cured specimens mostly achieve 
saturation of fragmentation (4 of 5) and have 
between 30 and 60 fiber breaks. The specimens 
tempered at 40 °C do not reach saturation level. 5 of 
them fail at displacements between 0.5 mm and 
0.8 mm. They fail in the middle section of the S-
shaped curve discussed before. Hence, it cannot be 
said whether their saturation level in terms of fiber 
breaks would be higher compared to the RT-cured 
specimens. The specimens “15h 40°C III” and “15h 
40°C VII”, however, are somewhat separated from 
the rest of the specimens. They fail at higher 
displacements and have fiber breaks between 60 and 
80 without achieving saturation. This points towards 
enhanced load transfer between PZT fiber and 
matrix C due to additional tempering at 40°C. 
Regarding matrix D, 8 SFFT-specimens are cured at 
RT and 5 specimens are additionally tempered at 
100 °C (see Fig. 7). The scatter of the RT-cured 
specimens is apparent: It ranges from 0 to 77 fiber 
breaks. This behavior can be attributed to curing 
time. The first 4 RT-cured specimens I to IV are 
cured for 2-3 days prior to testing. They range 
between 0 and 7 fiber breaks. The second 4 
specimens V to VIII are RT-cured for 41 days prior 
to testing, have 22 to 77 fiber breaks and their curves 
exhibit a much steeper increase of fragments before 
failure. The specimens with additional heat 

treatment show a rather uniform behavior. All 
curves virtually follow the same path. The steep 
increases of their curves all set in at about 0.6 mm 
displacement and all failures occur between 0.6 mm 
and 0.8 mm displacement. As the heat-treated 
specimens fail in the steep middle section, no 
statements can be made concerning the average 
fragment lengths and the resulting critical aspect 
ratios. 
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Fig. 6. Cumulative number of fiber breaks plotted against 
displacement of SFFT-specimens with matrix C and 
different curing conditions (RT, 40 °C) 
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Fig. 7. Cumulative number of fiber breaks plotted against 
displacement of SFFT-specimens with matrix D and 
different curing conditions (RT, 100 °C) 

Fiber breaks-displacement curves of SFFT-
specimens with matrix E and different curing 
conditions are displayed in Fig. 8. The RT-cured 
specimens are very brittle and fail quickly. The 
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specimens tempered at 120 °C fail in the area of 
0.7 mm to 0.9 mm. They show similar curves with 
onsets of the fragmentation process being located 
quite precisely at about 0.6 mm displacement. 
Specimens “15h 100°C IV” and “15h 100°C V” 
have 33 and 36 fiber breaks. The failure of all 
specimens occurs in the steep middle section or 
before. Thus, no critical aspect ratios can be derived. 
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Fig. 8. Cumulative number of fiber breaks plotted against 
displacement of SFFT-specimens with matrix E and 
different curing conditions (RT, 120 °C) 
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Fig. 9. Comparison of critical aspect ratios lc/d of SFFT-
specimens with matrix B and different curing conditions. 

 
In order to quantitatively distinguish the discussed 
types of SFFT-specimens (five alternative matrices 
A to E, different curing conditions) in terms of 
interfacial adhesion, critical aspect ratios can be 
compared. From the types of SFFT-specimens 
discussed in Fig. 4 to Fig. 9, the types with matrices 
A, B and C reach saturation level at RT-curing and 
therefore allow the calculation of critical aspect 

ratios. Moreover, the specimens with matrix B and 
additional heat treatment reach saturation level. The 
averaged critical aspect ratios come to 41.2 
(matrix A, RT-cured), 8.5 (matrix B, RT-cured), 4.3 
(matrix B, additionally tempered at 40 °C), 3.8 
(matrix C, RT-cured). Accordingly, the RT-cured 
SFFT-specimens with matrix C show (on average) 
the strongest load transfer from fiber to matrix in 
comparison to the other types that reached saturation. 
For specimens that do not achieve saturation of 
fragmentation, however, critical aspect ratios cannot 
be calculated. Nevertheless, depending on the type 
of matrix and curing conditions, qualitative 
statements can be made for some specimen types. 
Most striking are the specimens with matrix A and 
additional tempering at i) 40 °C and ii) 60 °C. As 
Fig. 4 shows, the fragmentation processes of the 
corresponding specimens have not ended before 
failure occurs. Anyhow, the specimens have already 
accumulated high amounts of fiber breaks. Thus, in 
the case of matrix A, it can be deduced that the 
averaged critical aspect ratios for the specimens 
tempered at i) 40 °C and ii) 60 °C are below or equal 
to 2.5 and 3.4, respectively. It shows that these two 
types of SFFT-specimens have a more efficient load 
transfer from the matrix to the fiber than all 
aforementioned types of specimen at saturation level. 
 
Fig. 10 and Fig. 11 are obtained using polarized light 
and show photoelastic patterns for SFFT-specimens 
with matrix A and different curing conditions. Both 
specimens have reached saturation level. The 
specimen in Fig. 10 was cured at RT and the 
specimen in Fig. 11 was additionally tempered at 
60 °C. The photoelastic patterns facilitate the 
localization of the fiber breaks. In Fig. 11, more 
fiber breaks can be found in contrast to Fig. 10. 
Accordingly, this implicates shorter fiber fragments 
for the heat-treated specimen and is therefore a sign 
of stronger interfacial adhesion. The stress 
concentrations in the vicinity of the matrix cracks in 
Fig. 11 indicate efficient load transfer from the 
matrix to the fiber. Hence, this suggests a clear 
increase in interfacial adhesion strength achieved by 
additional tempering. 

increasing 
curing time 
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Fig. 10. Photoelastic patterns of a  RT-cured SFFT-
specimen with matrix A at saturation. 

 
Fig. 11. Photoelastic patterns of a SFFT-specimen at 
saturation with matrix A and tempered at 60 °C. 

 
Results of tensile tests for the epoxy resin matrices 
A, B and C are displayed in Tab. 2 in terms of 
strains at break. A rule of thumb exists for the SFFT 
[5] according to which the strain at break of the 
matrix should be at least three times the value of the 
embedded fiber in order to reach saturation level in 
the SFFT. Consequently, if saturation is reached in 
the SFFT for a matrix with a specific strain at break, 
another matrix (or the same matrix after additional 
heat treatment) with a higher strain at break should 
be expected to also cause saturation. This applies to 
the results for matrix B in Tab. 2. However, it 
conflicts with the results for matrices A and C. The 
strains at break for matrices A and C at RT are 
4.11 % and 3.51 %, respectively. The corresponding 
values after additional tempering at 40 °C are both 
higher: 7.34 % and 5.02 %. Nonetheless, saturation 

level is reached for both matrices if cured at RT but 
not if additionally tempered at 40 °C. 

Tab. 2. Strains at break for matrices A, B and C and 
different curing conditions obtained from tensile tests in 
accordance with DIN EN ISO 527 (including standard 
deviations). 

strain at break [%] 

matrix A matrix B matrix C 

cured at RT 

4.11±0.38 * 16.27±9.57 * 3.51±0.65 * 

cured at RT +                                                    
additionally tempered at 40 °C 

7.34±3.34 * 17.90±3.11 * 5.02±1.84 * 

* at least 60% of the corresponding SFFT-specimens 
achieved saturation 

 
A typical topographic image of the surface of a PZT 
fiber is depicted in Fig. 12. It is obtained by atomic 
force microscopy (AFM) and illustrates the coarse 
grain structure of the material. This characteristic 
structure is due to the PZT crystals and can also be 
recognized in the fiber cross section of the scanning 
electron microscopy (SEM) images in Fig. 13 to Fig. 
15. The SEM images are obtained from 
fractographic cross sections of SFFT-specimens with 
matrix A after tempering at 40 °C. Fig. 13 shows the 
entire fiber cross section. The mentioned crystals are 
well visible in Fig. 14 and Fig. 15. Concerning Fig. 
14, it can also be seen that, in some locations, fiber 
and matrix are not in contact (see dashed circle). In 
Fig. 15, there is no contact along the entire depicted 
section of the interface. The locations/areas without 
contact can be related to air trapped within the pores. 
As the SFFT-specimens are not manufactured and 
cured under vacuum, air can remain in the porosities 
of the PZT fibers. Another explanation can be the 
preparation. Although the fractography aims to 
avoid distorting effects of preparation techniques 
such as polishing, it might cause the PZT fibers to 
partially detach from the matrix. 
 

d fiber 

breaks 

fragment 

500 µm 

500 µm 

fiber d 

break 

ICCM19 2466



 

7  

INVESTIGATIONS OF INTERFACIAL ADHESION BETWEEN PZT 
FIBERS AND EPOXY MATRICES  

 
Fig. 12. Topographic AFM image of the surface of a PZT 
fiber with an edge length of 30 µm and an average 
roughness of 283 nm. 

 
Fig. 13. SEM image of a fractographic cross section of a 
SFFT-specimen with matrix A after tempering at 40 °C. 

 
Fig. 14. SEM image showing the fiber-matrix interface of 
a fractographic cross section of a SFFT-specimen with 
matrix A after tempering at 40 °C. 

 
Fig. 15. SEM image showing the fiber-matrix interface of 
a fractographic cross section of a SFFT-specimen with 
matrix A after tempering at 40 °C. 

Regarding the application of surface modifications 
to the PZT fibers mentioned in section 1, 
preliminary tests have been conducted. SFFT-
specimens containing unsized PZT fibers and PZT 
fibers sized with GLYMO, (3-Glcidoxypropyl)tri-
ethoxysilane, were tested. Tab. 3 shows a 
comparison of the obtained critical aspect ratios. The 
critical aspect ratio is lower for the sized 
fiber/matrix specimen. This indicates an enhanced 
load transfer ability from matrix to PZT fiber. 
 
 
 
 
 

100 µm 

5 µm 

5 µm 

no contact 

no contact 
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Tab. 3. Comparison of critical aspect ratios of SFFT-
specimens with unsized and sized PZT fibers. 

fiber modification 
lc 

[µm] 
d 

[µm] 
critical aspect 
ratio lc/d [-] 

PZT fiber, unsized 792 276 2.9 

PZT fiber sized 
with GLYMO 

493.6 305.7 1.6 

 

4 Conclusion 

Single-fiber fragmentation tests sensitively display 
stress transfer from epoxy matrices to PZT fibers. 
Significant conclusions can not only be drawn from 
specimens with saturation of fragmentation but also 
from certain specimens that fail before. The critical 
aspect ratios depend on the kind of epoxy resin and 
the temperature of curing or heat treatment. Besides 
the variation of storage modulus and glass transition 
temperature (results not shown here), thermally 
induced stresses are considered to vary adhesion 
strength. A more comprehensive and thorough 
investigation is underway. Furthermore, surface 
modification of PZT fibers is a challenging task in 
order to modify the interphase built-up for a gradual 
change of the Young’s modulus between two 
phases. 
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1 Introduction  

Unidirectional (UD) carbon fibre reinforced 

thermoplastics have high specific strength and 

stiffness, but they fail in a brittle manner with little 

warning when subjected to uniaxial tension. This 

inherent brittleness limits the application of such 

composites, especially in load-controlled scenarios.  

 

Because the tensile strength and stiffness of UD 

composites varies as the orientation of the fibre is 

changed [1], introducing a small degree fibre 

misalignment could potentially increase the non-

linearity in its strain-stress response without severely 

reducing the tensile stiffness. Previous reports show 

that the tensile strength and modulus of UD 

composites decreased as the fibre alignment angle 

increased [2]. In 1989, Manders et al. found that 

misalignment of the prepreg by ± 1º during the lay-

up process caused 28% reduction in tensile strength 

in the fibre direction [2]. Khatibzadeh found that the 

notched tensile strength was also decreased as fibre 

angle increased. [3,4]. However, there has been little 

investigation on the tensile performance with 

randomly-distributed small angle misalignment. 

Considering the uniaxial tension load case, the 

purpose of introducing this randomly-distributed 

fibre misalignment is to allow that part of the 

composite with perfect fibre alignment to fail first 

but with sufficient undamaged misaligned fibre 

remaining to carry the load. Such a composite would 

fails in steps rather than in a catastrophic manner. 

 

In 1990s, gas-texturing technology was applied in 

manufacturing commingled reinforcement fibre yarn 

and thermoplastic polymer matrix fibre yarn to form 

a hybrid roving, which was then manufactured into 

continuous fibre reinforced thermoplastic polymers 

by the pultrusion process [5]. One of the advantages 

of this technology is that it can shorten the polymer 

melt flow path between the reinforcement filaments, 

so it allows the manufacturing process to be less 

time-consuming than film stacking technology. 

More importantly, it improved uniformity of 

reinforcement distribution in polymer matrix. [6]. 

However, Lauke et al. found that the longitudinal 

tensile strength of UD glass fibre reinforced 

polyamide made using gas-texturing technology was 

lower than its predicted value obtained via the rule 

of mixtures. They claimed that this reduction was 

caused by the misalignment of the reinforcement, 

but there was little investigation of the misalignment 

degree of the reinforcement in this literature [7].  

 

Because the tensile properties [2-4] and compressive 

properties [8] of continuous UD composite are 

influenced by tas little as a 1 º fibre alignment angle 

change, methods of accurately measuring fibre 

alignment in composites has been investigated since 

1980s. Two of the most popular methods for 

measuring fibre misalignment are Yurgartis’s 

method and multi-field image analysis [9,10]. 

Yurgartis used the fact that the fibre with a circular 

cross section will show ellipsoid when cut an angle 

other than 90 º to the fibre direction. Through 
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measuring the major and minor axial dimensions of 

the ellipsoid, the individual fibre alignment angle 

was obtained. The accuracy of this method was ± 

0.25º [9]. In 2001, Creighton designed a multi-field 

image analysis to measure fibre misalignment in a 

low magnification microscopy image. Due to the 

low magnification of image, the fibres in the 

longitudinal section of the composite were treated as 

lines via a computer-aid image recognizing program. 

Then the angle between the individual fibre line and 

the normalized fibre direction was obtained. This 

method is less time-consuming and more effective in 

measuring the fibre misalignment in a large domain 

than the former method, but the results obtained 

were less reliable as the size of the domain was 

decreased [10]. Due to the limited thickness (0.09 ± 

0.01 mm) of the available composite tape, the 

former method was selected in this study. 

 

In the present work, a gas-texturing device was used 

to combine two carbon fibre tows together and to 

also introduce a small degree of misalignment into 

the combined fibre tow. A single-fibre tensile test 

was used to determine the effect of gas texturing on 

the fibre tensile properties. Carbon fibre reinforced 

PA-12 tape was manufactured using a powder wet-

impregnation method [11]. The distribution of fibre 

alignment in the composite tape produced was 

quantified based on Yurgartis’s method [9], and the 

tensile performance of the composite was 

investigated. 

 

2 Experiment 

2.1 Materials  

Continuous IM7 tows (HexTow®-12K, Hexcel Co., 

Cambridge, UK), PA-12 powder (Vestosint®-2159, 

supplied by Evonik Degussa GmbH, Weiterstadt, 

Germany) and N2 (BOC UK Co. London, UK) were 

used.  

 

2.2 Manufacture route  

Fig. 1 shows the design of the gas-texturing device. 

Two fibre tows pass over a PTFE perforated bar. A 

N2 (pressure=2.5 bar) flow passing through small 

holes (diameter 1mm) in the bar causes the fibre 

tows to spread into filaments or small bundles, with 

some degree of misalignment. 
 

The resulting combined fibre tow was used to 

produce a CF/PA-12 (fibre volume fraction = 

60±2%) composite tape with thickness of 0.09 ± 

0.01 mm and width of 8 ± 1mm. Fig. 2 shows the 

setup of manufacturing route. Details can also be 

found in [11]. The fibre tow was passed through a 

2L polymer suspension bath that used 13 pins to 

spread the fibres and help the fibre tow pick up the 

thermoplastic powder. Next drying and melting 

intra-red heating stages were used to evaporate the 

water carried by the fibre tow and then melt the 

polymer powder. Finally, the heated shear pins were 

used to further spread and consolidate the melt-

impregnated fibre tow into a composite tape with a 

smooth surface. A two-belt puller was used to 

control the speed of manufacturing process at 0.5 

m/min. In order to keep the fibre volume fraction in 

the composite tape at 60 %, a concentrated polymer 

suspension was added into the bath during the 

manufacturing process at intervals.  

 

2.2 Tensile test on as-received and gas-textured 

CF 

A Linkam TST350 tensile stress tester (Linkam 

Scientific Instrument Ltd, Surrey, UK) with 20N 

load cell was used to measure the tensile strength 

and the apparent modulus of as-received and gas-

textured CF according to ISO 11566 standard [12]. 

25 fibre filaments from each group were tested on a 

gauge length of 25mm at 15 μm/s. The test setup is 

as seen in Fig. 3. In order to evaluate the variation 

and distribution of fibre strength, the cumulative 

failure probability PR,i of the ith fibre was calculated 

through equation (1). The Weibull-modulus m of 

fibre strength is given by the slope of the ln[-ln(1-

PR,i)] vs lnσi plot, as seen in equation (2) [13]. 

 

                                             
  

   
                           (1) 

                                         (2) 

 

Where Ri is the rank of ith fibre, N is the total 

number of tested fibres and σi is ith fibre strength. 
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2.3 Tensile test on CF/PA-12 composite 

The composite tape was cut into 200 mm lengths 

and end tabbed with woven glass fabric/polyester 

composite (thickness =1.5 mm). The free gauge 

length was 100 mm. Five specimens were tested 

under uniaxial tensile load (Instron 4566, Instron 

Ltd, Bucks, UK) at a crosshead rate of 1 mm/min. 

Digital image correlation (ARAMI-2M, GOM UK 

Ltd, Coventry, UK) was used to record the strain 

over the whole gauge length. The set up is as seen in 

Fig. 4. 

 

2.4 Quantification of misalignment in UD 

composite 

After tensile testing, the samples were cut from the 

end-tab region at an angle of 5º to the nominal fibre 

direction (Fig. 5 (a)). Twenty microscopy images 

(50x magnification) were taken along one edge of 

each cut sample. A typical image is shown in Fig. 5 

(b). By measuring the major and minor axial 

dimensions of the cut fibre surfaces, the fibre angle 

can be determined, as given in equation (3) [9]. For 

each image, 10 fibres were randomly selected for 

measurement. For selected regions, all the fibres 

shown in one image were measured. 

 

                                        

 
                            (3) 

 

Where θ is cut fibre angle, l and d are the major and 

minor axial dimensions of the cut fibre surfaces 

respectively. 

 

3 Results and Discussion 

3.1 Effect of gas texturing on the tensile 

properties of CF 

The plots of tensile cumulative failure probability PR 

vs fibre strength σ of as-received and gas-textured 

fibres fit well with the Weibull probability 

distribution in Fig. 6 (a). As seen in Table 1, the 

tensile strength of the gas-textured CF was 15% 

lower than that of as-received fibre. The possible 

reason for this was that the high-pressure gas (2.5 

bars) introduced flaws or damage onto the fibre 

surface. Erden et al. similarly found that the CF 

strength after high-pressure (2.5 bars) plasma 

oxidation gas treatment was decreased by 17% [14]. 

In Fig. 6 (b), the Weibull modulus of as-received CF 

was 22% larger than that of gas-textured CF, which 

means that the scatter in the former was less than 

that in the latter. It is possibly due to the fact that 

this treatment did not evenly damage CF surface in 

24K filaments within two fibre tows during the 

continuous manufacturing process. However, tensile 

modulus did not significantly change after gas-

texturing treatment, which means that the treatment 

did not change the internal structure of CF. The 

strain to failure of gas-textured CF was decreased by 

15%, which was the same as the reduction in CF 

strength as seen in Table. 1. Also the linear stress-

strain response to failure is given. 

 

3.2 Effect of gas texturing on the fibre alignment 

in composite tape 

Fig. 7 shows the typical fibre angle distributions in 

(a) non-gas-textured and (b) gas-textured CF/PA-12 

composite tapes. The variaration of fibre angle in 

non gas-textured CF/PA-12 composite is less than 

that of composite without treatment. About 90% 

untreated fibres in CF/PA-12 only have less than ± 

1º misalignment, while the fibres in gas-textured 

CF/PA-12 were misaligned by ± 2.25º. This means 

that gas texturing increased the fibre misalignment 

in the UD composite within the composite tape. 

Furthermore, fibre misalignment in some local 

region is larger than others even in the same sample, 

as seen in Fig. 9.  

 

3.3 Effect of gas texturing on the tensile behavior 

of composite tape 

As mentioned in section 3.1 and 3.2, gas-texturing 

decreased the tensile strength and strain to failure of 

the fibres and introduced randomly distributed small 

angle misalignment into UD CF/PA-12 composite. 

The combination of these two effects caused a 

significant change in the tensile stress-strain 

behavior of the composite (Fig. 9). The composite 

using the gas-textured fibre failed in steps rather 

than a catastrophic fracture. As seen in Fig. 10 and 
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Fig. 11, part of the gas-textured CF/PA-12 still 

carried some load after the first failure occurred, 

while the non gas-textured CF/PA-12 completely 

failed in a catastrophic manner. The difference in 

failure mode could be associated with the difference 

in fibre alignment of the two composites. The 

straight fibres will carry the greater stress and so are 

more likely to fail first. Of the remaining fibres 

those with least misalignment will fail next and so 

the failure process can be more gradual in the gas-

textured composite with its larger range of fibre 

misalignment.  
 

4 Conclusions 

A gas-texturing technology was developed to 

introduce small angle misalignment of fibre into UD 

CF/PA-12 composite. Gas-texturing treatment 

decreased CF tensile strength and strain to failure 

without significant change in tensile modulus. Due 

to the combined effect of degradation in CF tensile 

strength and small angle misalignment, the 

composite fails in steps rather than in a single 

catastrophic fracture when subjected to tension in 

the nominal fibre direction.  
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Fig. 1. Design of gas-texturing device (a) photo (b) 

schematic diagram  

 

 

Fig. 2. Setup of manufacture route of UD CF/PA-12 

composite tape 

 

 

Fig. 3. Setup of single-fibre tensile test 

 

N2 N2 
(a) 

(b) 
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Fig. 4. Setup of tensile test on UD composite 

 

 

 

Fig. 5. (a) Schematic diagram of microscopy sample 

preparation (b) Typical microscopy image of polished 

sample surface  
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Fig. 6. (a) The cumulative failure curve and (b) Weibull 

plots of as-received and gas-textured CF strength 

 

Table. 1. Tensile properties of as-received and gas-

textured fibre 

 Strength 

(MPa)  

Strain to 

failure 

(%)  

Modulus 

(GPa)  

Weibull 

modulus 

of 

strength 

As-

received  

4843 

±192  

1.72±0.07  273.7±2.5  5.34 

Gas-

textured  

4152± 

201 

1.48±0.08  267.4±4.2  4.37 

 

(a) 

(b) 

(a) 

(b) 

ICCM19 2473



3.0 3.5 4.0 4.5 5.0 5.5 6.0 6.5 7.0 7.5

0

20

40

60

80

12

N
u

m
b

e
r 

o
f 
fi
b

re
s

Untansformed fibre angle ()

 Number of fibres

0

Sample size:200

 

3.0 3.5 4.0 4.5 5.0 5.5 6.0 6.5 7.0 7.5

0

10

20

30

40

50

60

70

80

N
u

m
b

e
r 

o
f 
fi
b

re
s

 Untranformed fibre angle (
o
)

Sample size:200

120

  Number of fibres

 

Fig. 7. Typical untransformed fibre angle distribution in 

(a) non- and (b) gas textured CF/PA-12 composite 

prepreg 

 

 
 

 
 

Fig. 8. Two microscopy images taken from the same 

polished sample (gas-textured CF/PA-12 composite) 

surface 
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Fig. 9. Tensile stress-strain curves of (a) non gas-textured 

and (b) gas-textured CF/PA-12 

(b) 
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3.44±1.36º 

-0.57±1.81º 
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Fig. 10. Images of gas-textured CF/PA-12 tensile 

specimen (a) before the testing (b) after the first failure (c) 

after the final failure 

 
 

 

Fig. 11. Images of no gas-textured CF/PA-12 tensile 

specimen (a) before the testing (b) after the final failure 

 

Table. 2. Tensile properties of no gas textured and gas-

textured CF/PA-12  

 Strength 

(MPa) 

Modulus 

(GPa) 

Failure strain (%) 

First Final 

No gas-

textured 
2495±105 165.9±9.7 1.61±0.03 

Gas-

textured 
2313±116 164.9±7.4 1.37±0.07 1.58±0.09 

 

 

 

 

(a) 

(b) 

(c) 

(a) 

(b) 
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1. General Introduction  

 

Carbon nanotubes are very promising 

materials thanks to their high aspect ratio, specific 

area, lightness and their outstanding mechanical, 

thermal and electrical properties at the nanometer 

scale. Among them vertically aligned carbon 

nanotubes (VACNTs) are very interesting 

candidates as reinforcement for multifunctional 

composite materials. 1D oriented-nanocomposites 

resulting from an impregnation of VACNTs carpets 

with an organic matrix, above all epoxy grades, are 

particularly interesting because they would bring 

both an important mechanical stiffness of the 

polymeric matrix [1], [2] and a significant 

improvement of the thermal conduction [3], [4] 

according to several recent papers. Moreover, 

anisotropic measured properties would be clearly 

higher than those reached with randomly dispersed 

CNTs filled composites. However until now, very 

few studies have been carried out about the 

development of such materials at a macroscopic 

scale and the study of the effect of these linked and 

oriented nanotubes on the final properties of these 

ones. This paper is going to try to answer some of 

these issues. 

 

2. Context, issue and approach 

 
For twenty years and the official discovery 

of the existence of the structure of carbon nanotubes 

[5] (CNTs), many studies have shown their 

outstanding properties (mechanical, electrical, 

thermal): for one individual nanotube, a Young’s 

modulus higher than 1.0 TPa [6], [7,] [8], a thermal 

conductivity going over one thousand W/m.K [9], an 

electrical conductivity equal to those of 

semiconductors… This is the reason why an intense  

 

research has notably been carried out with the aim to 

incorporate them within different matrixes both as 

reinforcement of nanocomposites [10] and also 

more recently as conductor channels (of heat and 

current) [11], [12]. Contrary to most of the studies 

reported in the litterature on this kind of 

nanocomposite until now, our approach is clearly 

different because it doesn’t deal neither with 

randomly dispersed CNTs within a matrix, nor with 

aligned ones in the plan, but with vertically aligned 

CNTs arranged as a carpet (perpendicularly to the 

plan of the prepared composite). Thus an 

improvement of mechanical and thermal properties 

in certain directions can be expected thanks to the 

anisotropy of these latest. Therefore, aeronautic and 

astronautic fields are particularly targeted by this 

study whose ambition would be to achieve the 

following compromise between: 

 

- a lightening in the weight of structures (in 

order to save fuel and to increase the 

embedded  load),  

- a capacity to better dissipate the heat 

generated by electronic systems (by 

amplifying the thermal diffusivity and 

conductivity of some parts),  

- a structural reinforcement as equivalent as 

current composite materials’, particularly in 

some privileged directions  

From this foreword, the purpose of this work 

is the elaboration of reinforced aligned multi-

walled carbon nanotube (AMWCNTs) carpets 

composites and the assessment of some of their 

mechanical properties.  

We will mainly focus on the effect of the 

main characteristics forming the CNTs carpet 
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(length, mean external diameter, surface density in 

CNTs) and also on the impregnation techniques used 

on the mechanical properties of these 1D-

nanocomposites (in both longitudinal and transverse 

directions compared with the main axis of the 

CNTs).  

The approach will consist in three main 

consecutive steps:  

 

i) The aerosol-assisted chemical vapour deposition 

(CVD) synthesis of MWCNTs arranged in the 

form of carpets (so oriented in one preferential 

direction) owing some tailored inner 

characteristics (length, mean external diameter, 

surface density in CNTs, crystalline structure, aspect 

ratio, relative density, CNTs volume fraction), 

 

ii) Both the development and the upscaling of many 

impregnation methods of these aligned MWCNTs 

carpets by different organic epoxy resins in order to 

elaborate 1D-oriented nanocomposites, 

 

iii) The measurement and estimation of some 

mechanical properties (elastic modulus, ultimate 

tensile stress and strain, hardness…) for these 

anisotropic composites  

 

The research work aims to take advantage 

of the alignment of multi-walled CNT carpets 

(synthesized with a liquid-aerosol CVD technique) 

within different kinds of organic matrixes in order to 

improve the mechanical properties of the only 

matrix. At the end, we would wish identify the most 

promising applications according to the respective 

group of material and their characteristics. 

Very few teams have already investigated a 

thorough study about the properties of this kind of 

1D-nanocomposite: to our knowledge, Brian 

Wardle’s group at the « Aeronautic & 

Astronautics Department » of MIT is undoubtedly 

the one who went the furthest by achieving some 

indentation and compression on aligned MWCNTs 

reinforced mini-pillar composites (with an 

increasing of some GPa and MPa for the modulus 

and the hardness respectively [1], [13], [14]) and 

also some measurements of thermal conductivity 

which rises up from 0.26 for the matrix to about 5.0 

W/m.K for the nanocomposite in the parallel 

direction compared with the main axis of the CNTs 

[3].  

3. Synthesis of vertically aligned MWCNTs 

carpets  

 

Many methods have been discovered and 

optimized in order to synthesize vertically aligned 

mono and multi-walled CNTs carpets with different 

tailored characteristics. Among all of them, Catalytic 

Chemical Vapor Deposition techniques (CCVD) 

consisting in continuously feeding a reactor with 

liquid precursors (containing both a carbonaceous 

source and a catalytic precursor) are flexible 

(continuous growth of VACNTs carpets in one 

step), economically viable (production of CNTs in 

high quantity on large reaction surface substrates, 

with high growth rates) and energetically interesting 

(« mean » temperature required between 500 and 

1 100 °C).  

Compared with most of other CVD liquid 

processes (notably the ones with pre-deposition of 

the catalyst), it has many interests: the handling is 

quite easy, the saving in time is significant and it 

doesn’t induce a saturation of the catalyst in carbon 

which would be likely to decrease the growth rate. 

Moreover it provides a reliable control on the main 

characteristics of MWCNTs such as length, external 

diameter, surfacic density, relative density, the mean 

alignment degree and the cleanness of the central 

core.  

This aerosol-assisted CVD method [15], 

[16], [17] consists in injecting continuously and 

simultaneously a solution made of both a carbon 

(toluene) and a catalytic precursor (ferrocene) inside 

a synthesis reactor as micro-droplets similar to a 

spray (see the diagram Fig. 1). These latest ones are 

careered with an argon flow, vaporized in an 

evaporator (at 200 °C) and then pyrolysed in a 

quartz reactor heated by a furnace at 800-850 °C. 

Ferrocene (mass rate of 2.5 % diluted into toluene) 

thermally decomposes itself in gaseous phase, iron-

based catalytic nanoparticles settle on the internal 

surface of a quartz reactor (and also on growth 

substrates beforehand put in this latest), then the 

catalytic decomposition of toluene happens from 

these ones and finally we have a germination and the 

initiation of the vertically aligned MWCNTs growth 

according to a base-growth mechanism [17]. Thus 

we quickly get (high growth rates of 30-60 µm.min
-

1
) an aligned MWCNTs carpet with a good 

alignment degree compared with the normal to the 

substrate. 
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All synthesized CNTs are aligned in a privileged 

direction (perpendicularly to the growth 

substrate) and linked between one another (thanks 

to Van der Waals bonds) in the form of a carpet able 

to reach a few millimeter-long in thickness (see Fig. 

2a), 2b), 2c)). 

 

Our approach includes many original features 

compared with all the studies reported in the 

litterature until now: contrary to most of works 

dealing with the elaboration, the characterization and 

the estimation of properties of randomly oriented 

(dispersed) CNTs reinforced nanocomposites, CNTs 

manufactured here are all aligned in one direction 

and interdependant by forming a few millimeter-

long carpet (see below Fig. 2a, 2b and 2c). 

We can indeed quite easily vary some 

experimental conditions (nature and concentration of 

the catalytic precursor, nature and flow of the career 

gas, duration of the injection, synthesis temperature, 

post-annealing…) in order to tailor the 

characteristics of the VACNT carpets. 

 

VACNTs carpets obtained own thicknesses 

which increase with the synthesis duration, they 

have a narrow diameter distribution (mean internal 

and external diameter respectively centered around 8 

± 3 nm, and 50 ± 15 nm / 25 ± 15 nm depending on 

the synthesis conditions which are imposed), they 

are systematically multi-walled [17], they have very 

few by-products (iron mass rate below 4-5 %, equal 

to zero in case of annealing under pure argon at 

2 000 °C, see Fig. 3a)) which are mostly located 

inside the CNTs, and they are dense in surface (from 

2.0 to 4.0*10
9 

NTCs/cm
2
). Independently from the 

variation in length of the CNTs (from 100 µm to 

several mm), two distinct families of aligned CNT 

carpets have been prepared thanks to the choice of 

two different synthesis atmospheres (see Fig. 3b-3c 

and 3d-3e): the first one with a mean external 

diameter of 25 nm (called VACNT-25) and the 

other one with a mean external diameter of 50 nm 

(named VACNT-50). Both of them have a mean 

intertube free space of about 100 nm. 

 

 

 

 

The graphs of the distribution in external 

diameter have been obtained owing to a statistic 

study of many TEM pictures. Complementary 

analysis with TEM observations demonstrates the 

presence of the iron-based catalytic residue inside 

the core of MWCNTs (see Fig. 4). Indeed TGA 

(thermogravimetric analysis) under air brought out 

mass valued lower than 2.0-2.5 wt % after a clear 

pyrolysis of the CNT carpet from about 550 to 700 

°C (see Fig. 5). 

 

4. Impregnation methods of vertically aligned 

MWCNT carpets and elaboration of 1 

D-oriented nanocomposite 

 
Two impregnation techniques have been chosen 

to impregnate the VACNT-25 and VACNT-50 dry 

carpets:  

 

- a liquid immersion way with the epoxy 

system EPON 812 (supplier Sigma-

Aldrich). It consists in blending in imposed 

proportions a resin, a hardener and an 

accelerator, in outgasing this mixture before 

and after an impregnation of the CNT carpet 

that is immersed within a teflon mold, and 

then in curing it (60°C during 3-4 days) in 

order to polymerize the organic matrix at 

atmospheric pressure, 

- an infusion process, very common on large 

structure parts in aeronautic field, whom 

principle is to carry along a liquid resin by 

depression (thanks to a vacuum pump). The 

continuous flow enables to impregnate the 

reinforcement (the MWCNT carpets in our 

case) put on a heating table thanks to a 

draining grid disposed above and a high-

vaccum tarpaulin with its mastic which 

makes the vacuum possible. 

 

This second process has been implemented 

at the Institut Clément Ader (ICA Albi) on two 

structural epoxy resins, developed for infusion and 

RTM techniques:  

 

 the SICOMIN system resulting from a 

blend between a resin (SR 1710 Injection) 

and its hardener (SD 8822) in determined 

proportions (see Fig. 6a), injection at room 

ICCM19 2479



temperature, curing during 16h00 at 60 °C 

under vacuum ; 

 

 the monocomponent premixed Hexflow® 

RTM 6 system (made by Hexcel 

Composite) is preheated until 80 °C and 

then infused at 120 °C (see Fig. 6b). After 

the complete impregnation of the aligned 

MWCNT carpets, a curing process at 180 °C 

during 2h00 under vacuum is necessary to 

achieve the manufacturing of the composite. 

 

The three epoxy grades are disposed together in 

the form of pellets on Fig. 7. 

 

Except the corners of the MWCNT carpets 

which are slightly crushed by the vacuum bag, we 

see no loss of shape both visually and at the SEM 

even at low carbon nanotube volume fractions.  

For these two processes after the demolding, 

a delicate polishing and machining (with a diamond 

wire saw) step finally (see Fig. 8) enables to achieve 

a few millimeters-thick and mirror-polished 

composite (on both faces). 

 

Many FEG-SEM observations (see Fig. 9a-

f) on both faces and in the cross-section (after a 

nitrogen cryofracturation) of the nanocomposite 

show a good impregnation state and no porosity or 

voids at the micro-scale despite a mean close inter-

tube space about 100 nm. 

 

A gangue of resin surrounding each carbon 

nanotube (see Fig. 9f) is clearly visible, which 

proves a good affinity in term of wetting between 

the three epoxy systems and the MWCNTs. 

For these two kinds of MWCNT carpets 

(VACNT-25 and 50) reinforcing the organic matrix, 

some measurements by hydrostatic weight (in air 

and immersed in isopropanol) and also confirmed 

more accurately by helium pycnometry conducted 

ranges of relative density values reported in the 

diagram 1. 

As we know the relative density values of 

both polymerized epoxy systems and 

nanocomposites (hydrostatic weight into water), and 

also the value of the MWCNT carpet (raw and dry 

before impregnation), we can access CNT volume 

fractions thanks to the following theoretical law of 

mixture: 

 

dNanocomposite = dMWCNTs carpet* ψ Volum. MWCNTs + 

dEpoxy* (1 – ψ Volum. MWCNTs)          (Eq. 1) 

 

With: dNanocomposite, dMWCNTs carpet and dEpoxy the 

respective relative density for the nanocomposite, 

the MWCNTs carpet and the epoxy system 

ψ Volum. NTCs the volume fraction in MWCNTs (%) 

 

This formula ideally supposes there is no 

porosity inside the material, a perfect wetting 

between each carbon nanotube and the epoxy resin, 

and also an alignment degree equal to zero. The 

diagram called “Tab. 1” sums up the measured and 

calculated values at the bottom of this paper. 

 

A characterization carried out on small 

nanocomposite composite samples on a X-

microtomograph (CEA Gramat) with a minimal 

pixel size resolution image of 460 nm showed 

absolutely  no  irregularity or porosity at this scale. It 

seems to demonstrate a perfect impregnation of each 

nanotube, even if we would like to decrease lower in 

resolution to probe the nanotube-organic resin 

interface. 

 

A chemical degradation technique with 

sulfuric acid and the addition of hydrogen peroxide 

(EN NF 2564 French aeronautic norm dedicated to 

laminate carbon fiber fabric) has also been another 

reliable and complementary method employed in 

order to check the CNT volume fraction values. 

 

After the matrix has been destroyed and the 

remaining material has been cleant, dried and 

weighted, we get a practically similar value (12.09 

%) to the one obtained with the first technique 

(10.93 %) by using (Eq. 1). This is confirmed with 

SEM observations where we notice that all the 

nanotubes homogeneously remained aligned in the 

shape of a carpet (see Fig. 10), and that above all the 

whole matrix vanished. 
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5. Mechanical traction tests (transverse direction 

% MWCNTs) on epoxy and nanocomposite 

« aligned MWCNTs carpet / epoxy » 

 
  Some mechanical tension tests have been 

carried out on mini-beams (machined with a 

diamond wire saw) of polymerized epoxy systems 

and aligned VACNTs carpets / epoxy 

nanocomposites (14 mm gage length with a section 

of 2.0 * 2.0 mm², see Fig. 11a). A stress-strain 

device dedicated to mini-traction (INSTRON 5942) 

with manual tightening jaws and a strength force of 

500 Newtons has been used. Composites are 

stretched in the transverse direction regarding the 

main alignment axis of the nanotubes (see Fig. 11b). 
 

 In order to only consider the contribution of 

the deformation of the mini-pillars, and as we can’t 

implement an extensometer on them (cause of the 

small size of the samples), two strategies have been 

adopted: 

 

a)  Locally measuring the real strain thanks to a 

small strain gage stuck at the middle of the 

beam coupled to a dynamic data 

acquisition system (Vishay); 

 

b)  Using the digital image correlation (DIC) 

technique in monovision thanks to a camera 

which takes pictures of the strained material 

during the traction coupled with a dedicated 

software (Vic-2D). A texture called speckle 

has to be coated all along the beam in order 

to be able to follow the local displacement 

of pixels containing some of these painting 

droplets (size meshing between 25 and 45 

with a step of 5). There is no contact to 

achieve it and the mean displacement is 

probed on the whole length of the sample.  

 

 The chart “Tab. 2” gives the main results got 

for the Young’s modulus and the ultimate tensile 

strain according to both methods. 

 We notice the Young’s modulus for the 

nanocomposite (with CNTs volume fractions of 3.9 

and 14 %) is slightly higher than the resin’s, whereas 

the rupture strain decreases. Indeed the material 

becomes both stiffer (thanks to the creation of 

billions of CNT-epoxy nanobonds) and more fragile 

(many interfaces created) when we incorporate 

carbon nanotubes within an epoxy matrix. Both 

methods give quite close results, even if the DIC is 

much more reliable because it induces a local 

acquisition of the strain all along the sample and also 

for the strain gage (directly in contact with the 

beam) is likely to stiffen this one and to generate 

some deviations compared with the real strain of the 

composite. An estimation based on the ideal law of 

mixture supposing a perfect alignment of the CNTs 

and an optimal wetting of these latest by the resin 

(see Eq. 1) enables finally to access a radial (or 

transverse) Young’s modulus value higher than 10 

GPa for the carpet, so for each carbon nanotube. 

Finally the incorporation of CNTs seems to increase 

the Poisson’s ratio from 0.35-0.38 to values higher 

than 0.40 (this trend has to be confirmed). 

 

 

6. Surfacic nanoindentation tests on epoxy matrix 

and « aMWCNTs array / epoxy » nanocomposites 

(transverse and longitudinal direction) 
 

Nanoindentation tests performed on 

(perfectly plane and mirror-polished) epoxy resin 

and « VACNT carpet / epoxy » nanocomposites 

samples (in both transverse and longitudinal 

directions of anisotropy compared with the main 

alignment axis of the CNTs) have also been carried 

out and compared (see fig. 12 and 12b). The 

nanoindentor (CSM Instrument, ISAE-ENSICA 

Toulouse) used here consists in measuring the 

applied load on a material by a very stiff diamond 

pyramidal tip called Berkovich gradually with the 

penetration depth of this one over a thickness of 1.0 

µm. 

For each indentation, we get a load-unload 

curve (see Fig. 13) which enables to calculate (via a 

theory called Oliver & Pharr) two essential 

mechanical parameters which are representative of 

the surface of any material: the elastic modulus and 

the hardness.  
 

The first one is calculated from the slope 

“S” of the unload curve by assuming that the 

Poisson’s ratio of the resin and the nanocomposite is 

0.30, and the second one by dividing the maximum 

load by the contact area with the indent. 

 

The tables Tab. 2a, 2b and 2c got for the 

epoxy system EPON 812 alone and the “VACNT 

Depth penetration (nm) 
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carpet / EPON 812” nanocomposite sum up the 

trends systematically observed for the three families 

of elaborated nanocomposite materials (with EPON 

812, SICOMIN and RTM 6). 

 

As a result from many indentations on the 

three kinds of composites already described, the 

increasing in modulus and hardness values are quite 

significant from the indentation on the surface of a 

polymerized epoxy system to CNTs reinforced 

composite in the TRANSVERSE orientation, which 

is itself highly mechanically reinforced when we 

indent in the PARALLEL direction to the main axis 

of the CNTs (modulus multiplied by 2.5 and 

hardness by 3 compared with the organic matrix).  

 

The (Eq. 1) applied to the elastic modulus 

also leads to calculate theoretical values of this 

parameter for aligned VACNT carpets in these two 

anisotrope directions. We reach a maximum value of 

about 42 and 60 GPa in the longitudinal direction 

for both composite “VACNT-25 / EPON 812”  and 

“VACNT-50 / EPON 812” respectively, which is at 

least one order of magnitude below the (both 

theoretically and experimentally) reported value for 

individual carbon nanotube in the literature (about 

1,0 Terapascal).  

 

 In the perpendicular and above all parallel 

direction to the main axis of CNTs, the graphs of 

Fig. 14a and 14b clearly exhibit the higher the CNT 

volume fraction, the higher the mechanical 

parameters values. This is a major result 

demonstrating the reinforcement role provided by 

the CNTs. However the effect of the CNT length, 

their aspect ratio and crystalline quality is not 

enough explicit to be able to demonstrate other 

trends for instance. 

 

To come back the literature already quoted 

[1], [13], [14], this is awkward to compare these data 

to ours because the synthesis technique, the 

characteristics of the MWCNTs and the mechanical 

method used to vary the CNT volume fraction 

considerably differs from ours and induce major 

differences as a result. In parallel, few other authors 

such as Musso-Dassios [2] can synthesize VACNT 

carpets with an absolutly similar technique to ours 

(and close regarding the characteristics of 

MWCNTs), but they especially stress on physico-

chemical properties without going until to test the 

mechanical behavior of the nanocomposites 

reinforced by these carpets. 

 

 

Conclusion and outlook 

 

 

Different impregnation methods and 

physico-chemical characterization techniques aiming 

both to elaborate VACNT carpets/epoxy composite 

with different and tailored characteristics have been 

implemented. Tension and nanoindentation tests 

notably exhibited a relatively consistent 

improvement in stiffness and hardness with the 

incorporation of aligned MWCNTs within an epoxy 

polymerized system.  

As an outlook, further characterisations are 

in progress or upcoming (wetting tests with model 

solvents and the epoxy resin employed, X-

tomography, measurement of thermal diffusivity 

according to different methods, study of the effect of 

some reactive ion etching treatments on the surface 

of composite samples), and mechanical tests 

(notably compression ones) have to be continued to 

confirm the trends, make the results more reliable 

and of course understand the phenomena happening 

at the nanometric scale. Finally a work about the 

optimization of the methods dedicated to the 

elaboration of the VACNT carpets reinforced 

composites will be carry out, notably for the 

upscaling  of  the materials (30 * 120 mm, A4) 
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Diagrams, tables and figures 

 

 

Fig. 1: Simplified diagram of the aerosol-assisted CVD 

device enabling to synthesize the vertically aligned 

MWCNT carpets  

 

 

 

 

 

 

 

 

 Fig. 2a: Several aligned MWCNTs carpets after 

synthesis on their quartz substrate 

 

 

     

 

 

 

 

 

 

 

 

 

 

Fig. 2b: FEG-SEM picture of an aligned MWCNTs 

carpet at low magnification still dependent on its quartz 

substrate on which the growth happened (thickness = 

1.74 mm) 

 

 

 

 

 

 

 

 

 

 

 

Fig. 2c: cross-section FEG-SEM picture of an aligned 

MWCNTs carpet at high magnification (x 20 000) 

 

 

 

 

 

 

 

 

 

 

Fig. 3a: Transmission Electronic Microscope (TEM) 

picture of clean MWCNTs  

 

 

 

 

 

Ø mean external diameter ≈ 25 nm 

2b 

3a 

3b 

15.0 mm 

Thickness = 

1.74 mm 

2c 
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Fig. 3b and 3c: cross-section FEG-SEM picture of 

VACNT-25 (synthesis of 3 hours at 800 °C under H2 (30 

%) / Ar (70 %) and its external diameter distribution 

 

 

Fig. 3d and 3e: cross-section FEG-SEM picture of 

VACNT-50 (synthesis of 2 hours at 850 °C under pure 

Ar (100 %) and its external diameter distribution  

 

 

 

 

 

 

 

 

 

 

Fig. 4: TEM picture showing some catalytic residue 

 

 

 

Fig. 5: TGA curves under air at 1 000 °C on several 

MWCNTs carpets at 10°C/min 

 

 

 

 

 

 

 

 

 

 

 
 

 

Vacuum (1,0 – 1,5 mbar) 

Infusion of SICOMIN SYSTEM 

3 TGA of aligned 

MWCNTs carpets 

Ø mean external diameter ≈ 50 nm 

Temperature (°C) 

Mass 

loss 

rate 

(%) 

3d 

3c 

3e 

6a 
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Fig. 6a and 6b: infusion method applied to some squared-

shape aligned MWCNT carpets (15 * 15 mm * 2.0-3.0 mm 

thick) 

 

 
Fig. 7 (from left to right): EPON 812, SR 1710 

Injection and RTM 6 epoxy systems pellets 

 

 

 

 

 

 

 

 

 

 

 

 

        

 

 

    

 

 

 
Fig. 8: visual chronology of the successive steps achieving 

the elaboration of a mirror-polished “VACNT carpet / 

epoxy” nanocomposite 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 9a, 9b and 9b: Top-view FEG-SEM pictures in TLD 

mode (« True Length Detector » = high-resolution 

secondary electrons detector) of mirror-polished 

reinforced VACNT-50 carpets composite faces (Ø mean 

Vacuum 

Infusion of  

RTM 6 

Heflow®  
system 

Epoxy system 

6b 

1°) Impregnation of the VACNT-25 

and VACNT-50 carpets 

1°) Polishing and cutting of the “aligned 

CNT carpet / epoxy” composite 

9a 

9c 

9b 

9e 

14.0 mm Ø = 30.0 mm 
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external diameter = 50 nm)  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 9d, 9e and 9f: Side-view FEG-SEM pictures in TLD 

mode (« True Length Detector » = high-resolution 

secondary electrons detector) of mirror-polished 

reinforced VACNT-50 carpets composite sections (Ø 
Mean external diameter = 50 nm)  

 

 

Material Density 

CNT volume fraction 

range for the VACNT 

carpet reinforced 

composite (%) _ Eq. (1) 

VACNT-25 carpet 1.89 – 1.93 1.4 – 4.7 

VACNT-50 carpet 1.98 – 2.04 10.9 – 14.8 

EPON 812 system 1.297 ± 0.004 

SICOMIN system 1.146 ± 0.001 

RTM 6 system 1.138 ± 0.0001 

 

Tab. 1 : measured relative density values for the employed 

VACNT carpets and epoxy systems + CNTs  volume 

fraction ranges for the nanocomposite with matrix EPON 

812 / SICOMIN and RTM 6 

 

 
 

 

 

 

 

 

 

 

 

 

 

 

       

Fig. 10: FEG-SEM picture of a nanocomposite 

after a chemical degradation 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 11a: VACNT carpet reinforced composite stuck to 

9f 

1 MWCNT 

Gage 

length = 

14.0 mm  

11a 11b 

9e 

9d 
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stainless steel heels stretched in tension 

 

Fig. 11b: diagram of the transverse orientation compared 

with the main axis of the carbon nanotubes 

 

 

 

Tab. 2: Mechanical parameters of tension tests on similar 

epoxy system and aligned MWCNTs carpet reinforced 

nanocomposite mini-beams  

 

 

 

 

 

 

 
               
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 12a and 12b: longitudinal and transverse 

indentation diagram compared with the orientation of the 

main axis of the carbon nanotubes 

 

 

 
Fig. 13: load-unload curve got after an indentation on any 

material 

 
Material 

Young’s 
modulus 

(GPa) 

Ultimate 
tensile strain 

(%)  

Strain gage  

EPON 812 system 3.91 0.71 

Composite « VACNT 
carpet-EPON 812 » 

(ψVolum. CNTs = 14,2 %) 

5.93 0.54 

Raw VACNT carpet 
(calculation with the 

law of mixtures) -  
ψVolum. CNTs = 14,2 %) 

18.10 Ø 

Digital 
image 

correlation 
(DIC) 

EPON 812 system 3.28 ± 0.06 1.28 ± 0.019 

SICOMIN system 
3.53 

(TDS:3.68) 
2.58 

(TDS:3.1) 

RTM 6 system 
2.88 

(TDS:2.89) 
3.71 

(TDS:3.4) 

Composite « VACNT 
carpet-EPON 812 » 

(ψVolum. CNTs = 3.9 %) 
3.57 ± 0.09 0.91 

Raw VACNT carpet 
(calculation with the 

law of mixtures) -  
ψVolum. CNTs = 14,2 %) 

10.59 Ø 

Composite « VACNT 
carpet-EPON 812 » 

(ψVolum. CNTs = 14.2 %) 

4.48 ± 0.19 0.78 ± 0,03 

Raw VACNT carpet 
(calculation with the 

law of mixtures) -  
ψVolum. CNTs = 14,2 %) 

11.72 Ø 

 

MWCNTs 

12a 

12b 
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Tab. 2a, 2b and 2c: Elastic modulus and hardness values 

for the EPON 812 system alone and its associated 

nanocomposite + a theoretical value of the MWCNTs 

carpet’s Young’s modulus based on the ideal law of 

mixture (in the transverse and longitudinal direction) for 

different CNTs volume fractions 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 14a and 14b: Hardness and elastic modulus values 

versus the CNT volume fraction (VACNT carpet / EPON 

812 system nanocomposite) in both transverse and 

longitudinal directions compared with the main axis of 

the CNTs 

 

 

 

EPON 812 epoxy system (after reticulation) 

(ψVolum. CNTs = 0 %) 

Modulus EIT (GPa) 5.17 

Hardness HIT (MPa) 177.3 

Number of indentations 23 

 

Composite “VACNT-50 

carpet - EPON 812” 

(ψVolum. CNTs = 3.9 %)  

 

// % CNTs  % CNTs 

Modulus EIT (GPa) 6.60 5.68 

Hardness HIT (MPa) 262.8 205.8 

Number of indentations 18 11 

Theoretical modulus for 

the VACNT carpet (GPa) 
41.84 18.25 

 

Composite “VACNT-50 

carpet - EPON 812” 

(ψVolum. CNTs = 14.1 %)  

 

// % CNTs  % CNTs 

Modulus EIT (GPa) 12.92 6.35 

Hardness HIT (MPa) 675.2 295.1 

Number of indentations 55 15 

Theoretical modulus for 

the VACNT carpet (GPa) 
60.02 13.52 
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1 Introduction  

 

Several dramatic failures of utility-scale wind 

turbine rotor blades have occurred in the industry 

news during the past few years. Amongst these a 

major retrofit program has been necessary to resolve 

blade cracking issues which was estimated to cost 

$25 million [1]. It has also been reported in the UK 

that 1500 accidents have occurred during the period 

2006-2011, and that many of these were due to blade 

failure [2]. Consequently, it would appear necessary 

to develop a rational approach to improve structural 

reliability of wind turbine blades.  

Quantitative studies conducted by the German 

institutes of Schleswig Holstein (LWK Database) 

and Fraunhofer Institute for Wind Energy and Ener-

gy System Technology (WMEP Database) have 

shown similar failure rates downtime of different 

wind turbine sub-assemblies [3]. A survey conduct-

ed by Sandia National Laboratory in USA [4]  has 

found that approximately 7% of all wind turbine 

blades had to be replaced. Based on personal corre-

spondence with wind turbine blade manufacturers 

Douglas [4] states that this number may probably be 

even higher than 7%. The operators have reported 

the leading causes of failure are manufacturing de-

fects and lighting strikes [4].  

The US National renewable energy laboratory 

(NREL) have estimated that 51% of the turbine 

blade failures are caused by manufacturing defects, 

20% are from lighting strikes, 16% from foreign 

object impacts and 13% from higher tip deflections 

resulting in collisions with the tower [5].  

 

 

 

Manufacturing defects of wind turbine blades in-

fluence fatigue properties of the blade, since defects 

invariably lead to higher stress concentrations in the 

structure. This can create more crack initiations and 

growth of the individual defects during the service 

life. Adhesive layer failure, ply waviness, delamina-

tion, voids/porosity and thickness variation are key 

defects in wind turbine blades. From these porosity 

and ply waviness have been identified as the most 

critical manufacturing defects based on data gath-

ered in an industry survey [6]. In recent years 

stitched heavy tow glass fabrics have become in-

creasingly popular to manufacture turbine blades. 

These fabric types are susceptible to generate ply 

waviness which is a concern to structural fatigue life 

performance.  

The primary objective of this research was to 

evaluate the effect of ply waviness on residual 

strength and fatigue life of composite wind turbine 

blades. The methodology used in this research study 

can serve as an input to develop a strength degrada-

tion model, which has the potential of incorporating 

the influence of manufacturing defects for composite 

wind turbine blade design and to develop an im-

proved fatigue life estimation model based on resid-

ual strength degradation. 

2 Fatigue Life Prediction of Wind Turbine 

Blades 

 

Design constraints for wind turbine structures 

fall into either extreme load or fatigue categories.[7] 

Reference [8] has identified the following design 

steps for fatigue: 
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 Determination of wind flow (a Weibull 

function is used by most studies).  

 Calculation, or measurement, of load spectra 

for different working conditions (load char-

acterizations can be performed either exper-

imentally or analytically). 

 Estimation of the developed stress fields. 

 Derivation of S-N curves for the specific 

case of study. 

 Application of the linear Miner’s rule. 

 Employing appropriate multi-axial failure 

criteria in the case of multi-axial stress 

states. 

 

One of the most important drawbacks of current 

fatigue life investigations phenomena is that it is 

based on a deterministic approach; but the real gov-

erning situation is stochastic as a result of random 

variation of wind pattern. A second drawback is that 

the current fatigue life estimation methods have not 

thoroughly considered effects of manufacturing de-

fects and in-service damage for fatigue life predic-

tion of wind turbine blades. 

 

According to [9], in the current design guide-

lines, lifetime prediction of wind turbine blades is 

based on the Miner summation. This assumes that 

fatigue damage, which is estimated from S-N curves, 

is a linear summation using the following expression 

[10], 

 

 

  ∑
  

  
     (1) 

 

 

where Ni is the number of cycles to failure, ni is the 

number of cycles present in the fatigue loading indi-

cator, and i is the cycle type (cycle type indicates 

combination of maximum stress and R ratio). The 

parameter D is the “damage” parameter and assumed 

to be equal to “1” at failure [8]. Miner summation 

has two main drawbacks which lead to poor predic-

tions for fatigue life. 

 

1. The damage parameter “D” has no physical 

meaning (for stiffness or strength) other than 

indicating failure; also, it only has a binary 

value, either “failed” or “intact”. 

 

2. Miner’s sum does not take into account the 

sequence of applied stress cycles. That is, 

for a given set of stress cycles damage con-

tribution for any cycle is independent of the 

damage state prior to the load cycle. 

 

In most cases, designers use higher safety fac-

tors to reduce the influence of potential defects for 

structural reliability. This increases material con-

sumption, weight and cost of wind turbine blade 

production. Consequently, it is important to develop 

fatigue life estimation methodologies that incorpo-

rate the influence of manufacturing defects such as 

ply waviness and crack density for safe fatigue life 

prediction. 

 

Progressive Damage (Cumulative), Phenome-

nological (empirical) and Micro-mechanics are the 

three main categories of fatigue damage modeling. 

This study discusses a strength degradation model 

(using progressive damage) to evaluate the effect of 

ply waviness for the fatigue life of wind turbine 

blade materials. 

 

2.1 Life prediction using strength degradation 

 

Strength degradation of rotating composite 

structures (such as rotor blades) under fatigue load-

ing can be described using residual strength analysis. 

For the residual strength experiments, specimens are 

subjected to fatigue loading and tested in tension or 

compression at a series of predefined percentages of 

nominal fatigue life. When the mechanical proper-

ties of the laminate degrade the failure probability, 

reliability and fatigue life can be determined from 

the density distribution function for residual strength 

as shown in Figure 1,  

 

 

Fig. 1 Schematic diagram of statistical distribution of 

static strength, residual strength and fatigue life [11] 

The residual strength degradation based fa-

tigue life estimation approach uses the strength-life-
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equal-rank-assumption (SLERA) [12]. SLERA 

states that strength and life ranks are correlated, i.e. 

specimens with a high initial static strength will 

have longer lifetimes than specimens with a low 

initial static strength. OPTIMAT Blade project [13] 

has shown that strength degradation models can be 

used to improve the life prediction methodology by 

replacing Miner’s sum. The Classical Fatigue Anal-

ysis (CFA) and Residual Property Analysis (RPA) 

are schematically shown in Figure 2. 

 

 
 
Fig. 2 Schematic of Classical fatigue analysis and Residu-

al strength/stiffness analysis [13] 

 

 Residual strength “Sr” could be expressed by 

using the following generic equation [13], 

 

       (       ) (
 

 
)
 

  (2) 

 

where: 

 

Sr = Residual Strength after n cycles at Smax 

S0 = Initial Static Strength 

Smax = Maximum load applied in fatigue 

n = Number of cycles with Smax 

N = Number of cycles at Smax which would      

lead to failure 

 

A heuristic approach is required to evaluate 

the parameter “C” [14]. The value of the parameter 

“C” has to be found from residual strength tests and 

Nijssen et.al. [15] have described the required test-

ing conditions for a thorough determination,  

 

 The testing spectrum should cover at least 

three representative fatigue regimes (ten-

sion-tension, compression-compression and 

tension-compression fatigue) 

 

 The residual strength testing should be car-

ried out at both high cycle and low cycle fa-

tigue. 

 The residual strength testing is required to 

be carried out at different R values. 

 

 It is required to test a sufficient number of 

specimens at each entry in the test matrix to 

obtain statistically viable and interpretable 

results. 

 

Equation (2) is used to evaluate parameter “C”. 

In this context a comprehensive testing program is 

required to thoroughly evaluate “C” and to develop a 

more improved fatigue life estimation technique. 

However, one regime of fatigue testing is enough to 

make early estimations on the effect of manufactur-

ing defects, such as ply waviness, on fatigue failure 

of wind turbine blades. As lower “C” values suggest 

early failure, the criticality of the defect can be spec-

ified by defining a specific value range for “C” and 

finding the distribution of “C” under specified defect 

parameter. For example, if the considered manufac-

turing defect is ply waviness, it is possible to com-

pare the variation of “C” with respect to different 

A/L ratios where A is the wave height and L is the 

wavelength. Figure 3 illustrates the different degra-

dation types with reference to value of “C”. 

 

 

 

 
 

Fig. 3: Different degradation types; from left to right: 

C<1, C=1, and C>1 [13] 
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3 Experimental 

 

 An experimental test program was carried out 

by manufacturing suitable ‘flat’ and wavy’ laminate 

specimens from stitched biaxial glass fiber fabrics.  

 

3.1 Specimen geometry 

 

Specimens were based on the DIN EN ISO 

527 Part 4 standard which is commonly used for the 

determination of tensile properties for fiber rein-

forced plastics. This standard has been chosen be-

cause of the simplicity of the specimen geometry 

and production. The specimen geometry chosen was 

the Type 2 geometry with the specimen length being 

250mm, its width 25mm and thickness between 2 

and 3 mm [16]. These specimens have also been 

used for fatigue tests.  

 

The wavy specimens had the same dimensions 

of the flat specimen when seen from the top view 

with a difference of a single wave which can be seen 

in the side-view. Figure 4 shows the specimen di-

mensions. The wave amplitude was 1mm and the 

wavelength 24mm. 

 

 

Fig. 4 Specimen dimensions 

 

3.2 Specimen Manufacturing 

 

Materials used in specimen manufacturing were 

a stitched biaxial glass fiber material from the pro-

ducer SAERTEX and an infiltration resin RIMR235 

with RIMR236 hardener from the producer Mo-

mentive. In order to achieve good specimen quality 

the Vacuum Assisted Process (VAP
®
) was used, 

which ensured a high fibre content with negligible 

void content. This process is quite similar to Vacu-

um Assisted Resin Infusion (VARI) in such a way, 

that the main tools and approach are the same. The 

only difference between these processes is a special 

semi-permeable membrane which allows evacuation 

of air, but stops the resin from flowing out. This 

enabled an optimal laminate with practically “zero 

void” content to be produced.  

 

Figure (5-a and 5-b) illustrate this process sche-

matically for the cases of flat and wavy specimens. 

The laminate preform (2) is placed on top of a tool-

ing (6) which is then, together with the resin inlet 

(1), enclosed in a semi-permeable membrane (4). 

This membrane is then, along with the vacuum out-

let (7), enclosed in a vacuum bag (5). A vacuum 

pump is turned on, with the resin inlet closed off in 

order to apply vacuum under the bag. This vacuum 

makes the laminate settle firmly onto the tooling 

with the fibers pressing onto each other to provide a 

high volume fibre ratio in the laminate. Resin is then 

introduced through the resin inlet until the fibers are 

properly saturated.  

 

Fig. 5 VAP
®
 specimen production: a) flat plate   b) wavy 

plate 

 

After the fibers have been saturated with resin, 

the resin intake is closed off and the trapped air 

voids are vacuumed out through the membrane stop-

ping the resin from overflowing. This results in a 
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laminate which has an extremely low content of 

voids because the air evacuation is also happening 

after the resin inlet has been shut off, thus letting the 

trapped air pockets and voids to exit the laminate.  

 

For the wavy specimens it was found that  only a 

vacuum bag was not sufficient and the top curva-

tures were not parallel to the bottom curvatures re-

sulting in a specimen that could not be properly 

characterized with an A/L ratio. Therefore a top 

mold part (8) was placed between the membrane and 

the vacuum bag. This was found to successfully 

press the laminate from the top and provide a wavy 

specimen of constant thickness.  

 

Finished plates were put in an oven for 15 

hours at 80° C in order to get the best mechanical 

properties following the manufacturer’s recommen-

dations [17]. After the tempering process, end-tabs 

were bonded to the plates using A10/B10 structural 

resin from the producer Lange & Ritter and speci-

mens were cut to size with a circular diamond saw.  

 

After production, the wavy specimens were 

put under a stereo microscope in order to measure 

their true waviness. Current production process 

yields a minor error of about 2% in the wave A/L 

ratio. In future this will have to be improved by im-

proving the mold design.  

3.3 Testing Approach  

 

The testing equipment included two testing 

machines - one 100kN INSTRON 8502 servo-

hydraulic testing machine and one 250kN Schenk-

Trebel universal testing machine. As additional ac-

cessories two mechanical extensometers DD1 from 

the producer HBM were used in order to measure 

specimen strains. The extensometers had a maxi-

mum ±2,5mm blade tip displacement which was 

found to be sufficient as all the specimens broke 

before the extensometers reached their limits. The 

extensometers were set symmetrically on both spec-

imen faces using a quick fixing apparatus. This al-

lowed a mean strain to be determined from the aver-

age of the two surface strain measurements.  

 

The evaluation of residual strength of compo-

site laminates was performed by exposing them first 

to fatigue (at an R-value of 0.1, where R is the Min-

imum:Maximum stress ratio) up to a certain number 

of cycles (N) and then applying a quasi-static tensile 

load to final failure. The testing machine is force 

controlled with the maximum stress being set at 25% 

of the ultimate stress of a flat specimen.  This stress 

has been chosen, because it is it is below the stress 

necessary to cause delamination of the wavy speci-

mens. A frequency of 5Hz was used for all fatigue 

specimens in order to avoid autogenous heating, 

which commonly takes place with glass reinforced 

composites subjected to cyclic loading at higher 

frequencies. A temperature measuring sensor was 

placed on some of the specimens which showed no 

significant temperature increase during testing. 

 

Testing starts with the specimen being loaded 

with a tensile load up to a predetermined “zero am-

plitude” point and then a sinus function cycling is 

started with predetermined amplitude. After a certain 

number of cycles in the fatigue test, the machine 

automatically sets the load to zero and switches to 

displacement control in order to avoid any further 

specimen loading. Following the fatigue tests, spec-

imens were again photographed under a stereo light 

microscope in order to check for cracks and/or de-

lamination.  

 

The next step was the tensile testing which 

followed the DIN EN ISO 527-4 standard. All spec-

imens have been tested with a crosshead speed of 

2mm/min. In order to identify the type of failure and 

to determine the point of delamination, a USB cam-

era microscope was used. Figure 6 illustrates the 

tensile test setup. 

 

 

Fig. 6  Tensile test setup 

 

The tensile load at which a laminate fails is 

defined as the residual strength of the laminate at N 

number of cycles. Residual strength tests were per-
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formed at various points of expected life time. Table 

1 summarizes results from the test program. 

 

Table 1 Wavy specimen tensile test results 

Specimen 
Ultimate 

Stress[MPa] 
Cycles 

1-W-1 329,9 0 

1-W-7 396,9 0 

1-W-4 361,6 0 

1-W-9 328,7 0 

1-W-10 361,5 0 

1-W-2 302,8 50000 

1-W-8 247,4 50000 

1-W-6 262,1 100000 

1-W-17 337,6 100000 

1-W-11 293,7 200000 

1-W-3 243,8 250000 

1-W-5 347,9 250000 

1-W-16 303,7 250000 

1-W-12 299,1 300000 

1-W-18 292,4 400000 

1-W-19 315,5 400000 

1-W-13 353,11 400000 

1-W-14 311,4 450000 

1-W-21 322 600000 

1-W-20 334,8 800000 

 

 

4 FEM Analysis 

 

Finite element analyses were carried out using 

the commercial code PAM-CRASH from ESI Group 

[18] and FEM models were developed specifically to 

simulate delamination mechanisms.  

 

A stacked shell approach has been chosen in or-

der to minimize processing times. Each ply was 

represented by shell elements of 0,25mm in size 

using an elastic orthotropic composite model, Type 

131. The plies were connected using a dedicated 

delamination model, Type 303, which allowed for 

failure and delamination crack growth. Figure 7 

depicts the numerical model. 

 

 Figure 8 shows a comparison of test and numerical 

model results for the non-fatigued wavy specimen 

loaded quasi statically to failure. Added to this com-

parison experimental results from a quasi-static ten-

sile test of a specimen that has been subjected to 

fatigue are shown. The numerical analysis curve 

compares well to a quasi-static tensile test of a non- 

fatigued specimen. Both curves show a rapid de-

crease in slope at a similar load level. The specimen 

flattens rapidly as the displacement of the crossheads 

continues causing a drop in the loading. After the 

specimen has flattened the slope of the curve in-

creases and stays almost constant until the ultimate 

load and specimen failure. Video recordings of qua-

si-static test indicate that the point in time where the 

crack forms and the delamination is initiated corre-

sponds to the point where the slope of the curve 

decreases. From this figure it is easy to see that the 

slope of the numerical analysis curve returns to the 

initial value and the slope of the non-fatigued exper-

imental curve is lower than the initial one. Due to 

matrix cracking in the 90° plies of the whole speci-

men the stiffness of the overall laminate decreases. 

These effects still need to be included in the simula-

tion in order to calibrate the specimen. 

 

 

Fig. 8 Overlay comparison of a simulation with experi-

ments (Force kN vs. gauge displacement mm) 

 

The fatigued specimen undergoes a different 

failure mechanism and the experimental results 

curve is different. The slope of the curve increases 

gradually as the wave flattens. This kind of behavior 

can be explained with the delamination that already 

occurred during fatigue tests of the specimens. The 

energy accumulation needed in order for the cracks 

to form does not accumulate, and the plies slide on 

0
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Non fatigued specimen
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Fatigued specimen

Fig. 7 Numerical model of a wavy specimen 
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top of each other allowing the wave to straighten 

itself gradually as the load increases. A numerical 

model that could simulate a fatigued specimen is 

currently under development in further research. 

5 Results Summary 

5.1 Fatigue testing- Failure Mechanism  

 

During the fatigue test, matrix micro-cracking 

starts developing transversely to the loading direc-

tion along the entire specimen. As the test progresses 

larger cracks are detectable. It has been determined 

that large cracks develop first in the middle of the 

wave in 80% of the wavy specimens.  

 

Starter cracks usually occur in the fiber-matrix 

interface or in the 90° fiber bundles themselves 

causing them to split. It has also been recorded that 

with increase in the number of cycles these cracks 

grow along the fibers and between the fiber-matrix 

interfaces leading to ply delamination and separa-

tion. It has not been observed that the stitching stops 

crack development, or that delamination happens 

more often between plies which are not stitched 

together. Figure 9 shows a specimen that has been 

loaded with 100000 cycles in which cracks have 

developed into the middle of the specimen.  

 

 

Figure 9 Wavy specimen after 100000 loading cycles with 

cracks in the middle of the wave zoomed 

 

During the fatigue tests the cracks spread 

throughout the wavy part of the specimen weakening 

the matrix. This allows the specimen to straighten 

easier than a specimen that was not subjected to 

fatigue loading. This can be confirmed from the 

decrease in strength of specimens that have under-

gone a large number of fatigue cycles. 

  

The flat and wavy specimens undergo different 

failure mechanisms. Flat specimens failed under 

fiber failure whereas wavy specimen failure was 

dominated by delamination as shown in Figure 10. 

 

 

Figure 10  a) Failure of flat specimen (fiber rupture) and 

b) wavy specimen (delamination dominated) 

5.2 Data Analysis 

 

The strength degradation data for flat spec-

imens follow a more linear residual strength degra-

dation when compared to the one wave specimens. 

One wave specimen residual strength shows early 

reduction at the starting point, then remains fairly 

constant, with even a small increase in strength in a 

range of up to 30% -80% of their total fatigue life; 

thereafter  and a rapid drop is seen up to final fail-

ure.  

 

The limited experimental data of this study 

suggests the parameter “C” for wavy specimens 

varies with the number of cycles. Figure 11 shows 

the results for the factor “C” for both flat and wavy 

specimens calculated analytically from equation 3. 

Flat specimens are represented with blue dots, and 

wavy specimens with red dots. 

 

 

Fig. 11 C values vs life fraction 
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In the authors’ opinion a suitable model to 

fit this data would be the “OM model” [14] which 

has proposed factor “C” to be a function of the num-

ber of cycles. 

 

       (       ) (
 

 
)
 

  (3) 
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)  (     (  
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By fitting this function to the data using the 

method proposed in [14] one can see that the curve 

reasonably represents the experimental data ac-

quired.  

 

Figure 12 shows the residual strength data. 

The purple dots denote the residual strength results 

of the wavy specimens, and blue dots the residual 

strength results of flat specimens. The authors be-

lieve it is may be possible to use residual strength 

degradation modeling to evaluate the effect of ply 

waviness with different A/L ratio of ply waviness. 

This will require additional testing in order to gain 

more data for the numerical model; this is currently 

being undertaken in further research. 

 

6 Major Conclusions 

 

The combined static fatigue progressive fail-

ure analysis has the ability to recognize which dam-

age modes are responsible for reduction of residual 

strength as well as which of them causes final failure 

of the laminates. Consequently, residual strength 

degradation based fatigue life estimation model pro-

vides opportunity for analysing the influence of 

manufacturing defects such as ply waviness and 

crack density for the fatigue life of composite wind 

turbine blades. This is advantageous compared to the 

traditional Miner summation rule.  

 

Residual strength data were collected for ten-

sion-tension fatigue (R=0.1). In this analysis it has 

been identified that fiber waviness induced delami-

nation noticeably reduces residual strength of glass 

fibre laminate in the first 10-15% lifetime fraction 

and also shows sudden-death type residual strength 

degradation. Because of this combined “wear in – 

sudden death” behaviour, the OM model should be 

used to correctly display this behaviour. If the stress 

overcomes the delamination point, the lifetime of 

wavy specimens decreases significantly.  

 

Ongoing research will focus on residual 

strength after compression-compression as well as 

tension-compression fatigue. The interaction be-

tween stress level and fatigue regimes will also be 

investigated by submitting specimens to block-

loading tests and to simple load spectra. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction 

 

High performance fibre reinforced polymer 

composites offer outstanding mechanical 

properties, high strength and stiffness yet 

lightweight. However, these materials are 

usually made with thermosetting matrices 

making their recyclability and reuse-ability 

difficult. Furthermore, most high performance 

fibres are manufactured from petrochemicals 

resources, which are not renewable [1,2]. 

Concurrently, much attention is paid to 

composites made from ‘greener’ alternatives 

such as natural fibres and biodegradable 

polymers. Natural and regenerated cellulosic 

fibres are becoming more common as they are 

available in abundance and are known for their 

advantages of coming from a natural source thus 

being fully renewable and biodegradable [3-7].  

 

Although natural fibres are currently being used 

in the automotive industries, there are still a few 

disadvantages within this type of constituent. 

Natural fibres exist in random orientation, hence 

it is difficult to utilize the full parallel stiffness 

and strength of the fibres. Furthermore, natural 

fibres are susceptible to seasonal changes and 

therefore they are prone to have variation within 

the fibre quality. On the other hand, synthetic 

cellulose fibres, such as regenerated cellulose 

fibres, offers advantages to natural fibres on the 

uniform fibre quality and is available in a 

continuous form to be able to utilize the full 

potential of cellulose chains. Furthermore, 

regenerated cellulose fibres are similar to 

natural fibres in having low fibre density and is 

of bio-based material [8]  

 

In a conventional composite material, the 

overall strength, stiffness and toughness are not 

only governed by the mechanical characteristics 

of the reinforcing fibres but the ability of stress 

transfer between the two constituents. 

Therefore, a strong interface between the 

reinforcement and the surrounding matrix is 

vital in making composite material with 

reasonably high mechanical performance. There 

have been many studies made to improve the 

interface between natural/cellulosic fibres and 

conventional polymer matrices. 

 

In this study, we focus on manufacturing truly-

green hierarchical composites by incorporating 

continuous regenerated cellulose (Cordenka


) 

fibres into poly-3-hydroxybutyrate containing 

2.5 wt% nano-cellulose fibrils. Regenerated 

cellulose (Cordenka
®
) fibre reinforced polymers 

have a decent elastic moduli (12-20 GPa), are 

light-weight and have a significant energy 

absorption capacity and, hence, great potential 

in the automotive sector [6]. Nano cellulose 

fibrils have were the matrix to improve the 

interfacial properties between natural fibres and 

surrounding polymer [9]. On the other hand, 

polyhydroxylbutyrate is a biodegradable 

polymer [1], which is extremely brittle and has a 
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very low melt viscosity. Due to these attributes, 

it is almost impossible to process polyhydroxyl-

butyrate using conventional manufacturing 

processes, such as injection moulding or 

extrusion [10]. Nevertheless, polyhydroxyl-

butyrate is biodegradable and readily available 

in fine powder. The biggest challenge in 

working with this polymer as matrix for 

composites is choosing the correct processing 

routes to overcome the shortcomings of this 

polymer.  

 

2 Materials and Methods 

 

2.1 Materials  

 

Continuous regenerated cellulose fibre 

(Cordenka
 

Rayon) rovings having 2440 tex 

size were kindly supplied by Cordenka GmbH 

& Co. KG (Obernburg, Germany). The matrix 

used was polyhydroxlbutyrate with d50 = 34 µm 

was kindly supplied by BIOMER (Krailling, 

Germany). The nanocellulose fibrils were 

kindly supplied by United Paper Mills 

(Helsinki, Finland), Cremophor A25 was used 

as the surfactant to disperse and stabilize the 

polymer powder for wet impregnation and was 

supplied by BASF (Ludwigshafen, Germany). 

Ethanol (99.9% purity) was purchased from 

Sigma Aldrich (UK).   

 

2.2 Manufacturing of hierarchical 

unidirectional sustainable composites  

 

The method used for manufacturing continuous 

hierarchical unidirectional regenerated cellulose 

(Cordenka


) reinforced polyhydroxylbutyrate 

composites was wet-powder impregnation [9]. 

This method was chosen because it allows a 

good control when manufacturing unidirectional 

composites having a high fibre volume content. 

Regenerated cellulose (Cordenka


) fibres were 

placed onto a tension let off unit with 100 g 

induced tension throughout the process. The 

fibres were then run through an impregnation 

bath containing polyhydroxylbutyrate powder 

and nanocellulose fibrils in water. Surfactant 

was used to aid the dispersion of the powder. 

The bath was stirred throughout the production 

process to avoid powder sedimentation. The 

bath is also equipped with series of pins to 

further spread the fibres during the 

impregnation step. The impregnated cellulose 

(Cordenka


) fibres were then run through two-

sets of infra-red heaters to remove the water and 

melt the polymer on the fibres. The 

manufacturing speed was set to 0.75 m/min. The 

fibre volume fraction was maintained to be 

55 ± 2 %. The resulting hierarchical 

unidirectional regenerated cellulose 

(Cordenka


) fibre reinforced 

polyhydroxylbutyrate composite having a width 

of 12 mm and thickness of 0.1 mm were 

collected for mechanical characterisation. To 

determine the effect of addition of nanocellulose 

fibrils in the matrix, two control samples were 

also manufactured, i.e., unsized regenerated 

cellulose (Cordenka


)- polyhydroxylbutyrate 

and sized regenerated cellulose (Cordenka


)- 

polyhydroxylbutyrate.  

 

2.3 Specimen preparation 

 

The control specimens and hierarchical 

unidirectional regenerated cellulose 

(Cordenka


) reinforced polyhydroxylbutyrate 

composites were cut into 200 mm long tape 

sections and were washed with ethanol to 

remove any contaminants coming from 

manufacturing and handling. The tapes were 

then stacked into a steel mould 

(200 mm x 12.5 mm). The mould was then 

placed into a hot press (Carver, USA) equipped 

with 4 platens (2 for heating and 2 for 

consolidation). The specimen were pressed at 

1 tonne pressure and a temperature of 175 °C 

for 2 min after which it was placed in between 

the consolidation platens and further pressed at 

0.5 tonne pressure and at temperature of 50 °C 
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for 10 min. the resulting composite laminate 

were then collected for further characterisation. 

 

2.4 Axial tensile properties of unidirectional 

regenerated cellulose (Cordenka


) fibres 

reinforced polyhydroxylbutyrate 

 

The tensile specimens were prepared according 

to ASTM D3039 [12] with a laminate 

dimension of 200 mm x 12.5 mm x 1.0 mm. 

Four strips of 50 mm long ±45° glass fibre 

reinforced epoxy composite tabs were used as 

end tabs leaving 100 mm gauge length on the 

test specimen. The surface of the end tabs and 

specimen to which the end tabs were glued were 

sand blasted to ensure a good adhesion between 

the two surfaces. The end tabs were then glued 

onto the test specimen by using CN Adhesive 

(General purpose, Tokyo Sokki Kenkyujo Co. 

Ltd., Japan). A strain gauge, FLA 2-11 (Tokyo 

Sokki Kenkyujo Co. Ltd., Japan) was placed in 

the centre of the gauge length of the specimen 

and glued using CN adhesive. Tensile tests were 

carried out at a crosshead speed of 1 mm/min in 

an Instron 4505 (Instron, High Wycombe, 

Buckinghamshire, UK), equipped with 10 kN 

load cell. Every effort was made to correctly 

align the specimens in the jaws of the machine, 

thus ensuring a width-wise uniform stress field. 

The test was carried out until failure and the 

ultimate tensile strength σtu and tensile chord 

modulus of elasticity (Young’s modulus E
chord

) 

were calculated based on the following 

equations; 

 

tu MAXP

A
     (1) 

 

and  

 

chordE








   (2) 

 

where PMAX is the maximum load at failure (N), 

A is the average cross section area (mm
2
), Δσ 

and Δε are the difference in tensile stress and 

strain between strain points of 0.001 and 0.003, 

respectively. The test was carried out on 5 

specimens to obtain statistical average values 

and the errors presented are standard deviations. 

 

2.5 Flexural properties of unidirectional 

regenerated cellulose (Cordenka


) fibres 

reinforced polyhydroxylbutyrate 
 

Flexural moduli and flexural strengths are of 

importance in engineering practice because 

composites are often subjected to bending load. 

This test was also performed to understand the 

effect of nanocellulose fibrils on the interface 

between regenerated cellulose (Cordenka


) 

fibres and polyhydroxylbutyrate as this test is 

also considered as an interface dominated test. 

Unidirectional regenerated cellulose 

(Cordenka


) fibres reinforced polyhydroxyl-

butyrate specimens with dimensions of 

100 mm × 12.5 mm × 2 mm were prepared 

using compression moulding. The specimens 

were loaded into a three-point bending rig (with 

span-to-thickness ratio of 32:1) equipped with a 

1 kN load cell (model 5581, Instron, 

Buckinghamshire, UK). The test was carried out 

according to the ASTM D790-03 standard [13] 

with a crosshead speed of 1 mm/min until 

failure. The flexural strength σf and flexural 

modulus Ef were calculated using the following 

equations: 

 
2

2

3
1 6 4

2

MAX
f

P S D h D

bh S S S


     
       

      

  (3) 

 

and 

  

3

34
f

S m
E

bh
   (4) 

 

where D is the central deflection of the 

specimen at failure load PMAX, S the span length, 
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m the gradient of the initial part of the force-

displacement curve, b the specimen width and h 

the specimen thickness. The flexural strength 

and modulus of composite laminates were 

calculated from 5 measurements in order to 

obtain statistically relevant values.  

 

 

3 Results and Discussion  

 

Two types of Cordenka® rayon fibres 

(2440 dtex) were used in this work; sized and 

unsized. The fibres were first characterised 

using various methods to determine the strength 

of the reinforcement. It was found that the 

unsized fibres, having a smaller diameter 

possess a higher tensile strength and modulus as 

compared to sized fibres. Furthermore, the 

strain to failure of the unsized fibre was found 

to be 14% higher as compared to the sized fibre. 

To further understand the mechanical behavior 

of the composites, hierarchical unidirectional 

regenerated (Cordenka


) cellulose fibre 

reinforced polyhydroxylbutyrate composites 

were subjected to both tension and flexural 

tests.  

An example of the load vs. displacement curves 

of each individual composite specimens are 

shown in Figure 1-4. The tensile strength of 

unsized regenerated (Cordenka


) cellulose 

reinforced polyhydroxylbutyrate was found to 

be 6% higher than that of sized regenerated 

cellulose (Cordenka


) reinforced polyhydroxyl-

butyrate composites. Furthermore, with 

incorporation of nanocellulose fibrils in the 

regenerated cellulose (Cordenka


) reinforced 

polyhydroxylbutyrate matrix boost up the 

tensile strength of the composite furthermore. 

The tensile strength of both unsized and sized 

regenerated cellulose (Cordenka


) fibre 

reinforced regenerated cellulose (Cordenka


) 

reinforced polyhydroxylbutyrate with 2.5 wt% 

of nanocellulose fibrils were found to be 16 and 

15% respectively, as compared to the respective 

control composites without nanocellulose 

fibrils. However, the Young’s moduli of these 

composites were found to be about 15 GPa. The 

incorporation of nanocellulose fibrils or the use 

of either sized or unsized regenerated cellulose 

(Cordenka


) fibres does not seem to have any 

effect on the stiffness of the material. Similarly, 

the strain to failure of all the composite 

prepared were found to be 12% regardless of 

fibre sizing as well as addition of nanocellulose 

fibrils. This shows that the nanocellulose fibrils 

do help to strengthen the regenerated cellulose 

(Cordenka


) fibres along the fibre direction, 

hence improving the tensile strength of the 

resulting composites.  

 

Similarly, the flexural strength of unsized 

regenerated cellulose (Cordenka


) fibre 

reinforced polyhydroxylbutyrate was found to 

be 18% higher than the composites made with 

sized regenerated cellulose (Cordenka


) fibres 

(Fig. 5). A more significant improvement in the 

flexural strength was found for the composites 

made with the incorporation of nanocellulose 

fibrils. An increase in the flexural strength of up 

to 15% and 33% was found for composites 

made with unsized and sized regenerated 

(Cordenka


) fibres, respectively as compared 

composites made without nanocellulose fibrils. 

This improvement shows that the incorporation 

of nanocellulose fibrils increased the strength of 

the composites possibly due to a stiffening of 

the matrix between the fibres through the matrix 

when load is applied on the composite. The 

nanocellulose fibrils incorporated forms a 

denser network on the regenerated cellulose 

(Cordenka


) fibres hence the stiffening of the 

matrix, which allows for better support of the 

fibres. The flexural modulus on the other hand 

improves 6% and 30% for unsized and sized 

regenerated cellulose (Cordenka


) fibre 

reinforced polyhydroxylbutyrate with 2.5 wt% 

of nanocellulose fibrils, respectively, as 

compared to the control composites.   

 

4. Conclusions 
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The results of the study showed that these 

renewable green composites possess reasonable 

mechanical properties which could be used as 

alternative material to glass fibre composites for 

various non-load bearing applications. In 

addition, the flexibility of the manufacturing 

process of UD composites was demonstrated to 

allow for the production of high loading fraction 

regenerated cellulose composites using the 

notoriously difficult to process PHB as a matrix. 

The incorporation of nanocellulose fibrils in the 

composites showed significant improvement in 

the strength of the composite manufactured.  
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Figure 1 Load vs. displacement of unidirectional 

unsized regenerated cellulose (Cordenka


) 

reinforced polyhydroxylbutyrate composites 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 2 Load vs. displacement of unidirectional 

sized regenerated cellulose (Cordenka


) 

reinforced polyhydroxylbutyrate composites 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 3 Load vs. displacement of unidirectional 

hierarchical unsized regenerated cellulose 

(Cordenka


) reinforced polyhydroxylbutyrate 

composites 
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Figure 4 Load vs. displacement of unidirectional 

hierarchical sized regenerated cellulose 

(Cordenka


) reinforced polyhydroxylbutyrate 

composites 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 5 Flexural strength and modulus of 

unidirectional and hierarchical unsized- and 

sized regenerated cellulose (Cordenka


) fibre 

reinforced polyhydroxylbutyrate composite  

 

 

 

References 

[1] V. T. Phuong, A. Lazzeri “”Green” 

biocomposites based on cellulose diacetate 

and regenerated cellulose microfibers: Effect 

of plasticizer content on morphology and 

mechanical properties” Composites: A, Vol 

43, pp 2256-2268, 2012 

[2] A. V. Nadhan, A. V. Rajulu, R. Li, C. Jie 

and L. Zhang “Properties of regenerated 

cellulose short fibers/cellulose green 

composite films” J Polym Environ, Vol 20, 

pp 454-458, 2012 

[3] F. Carrillo, G. Martin, M. Lopez-Mesas, X. 

Colom and J. Canavate “High modulus 

regenerated cellulose fiber-reinforced 

cellulose acetate butyrate biocomposites” J 

of Comp Mater, Vol 45, 17, pp 1733-1740, 

2010  

[4] W. Gindl, K. J. Martinschitz, P. Boesecke 

and J. Keckes “Orientation of cellulose 

crystallites in regenerated cellulose fibres 

under tensile and bending loads” Cellulose, 

Vol 13, pp 621-627, 2006 

[5] T. Huber, J. Muessig, O. Curnow, S. Pang, 

S. Bickerton, M. P. Staiger “A critical 

review of all-cellulose composites” J Mater 

Sci, Vol 47, pp 1171-1186, 2012 

[6] K. C. Seavey, I. Ghosh, R. M. Davis and W. 

G. Glasser “Continuous cellulose fibre-

reinforced cellulose ester composites. I. 

Manufacturing options” Cellulose, Vol 8, pp 

149-159, 2001 

[7] S.J Eichhorn, C.A Baillie, N. Zafeiropoulos, 

L.Y Mwaikambo, M.P Ansell, A. Dufresne, 

K.M Entwistle, P.J Herrera-Franco, G.C 

Escamilla, L. Groom, M. Hughes, C. Hill, 

T.G Rials, P.M Wild, “Review current 

international research into cellulosic fibres 

and composites”, J. Mat Sci, Vol 36, pp 

2107-2131, 2001  

0 2 4 6 8 10 12 14 16
0

1000

2000

3000

4000

 

 

L
o

a
d

 (
N

)

Displacement (mm)

Sized CDK-PHB with NFC

0

50

100

150

200

250
 Flexural Strength

 

S
e

c
a

n
t 
F

le
x
u

ra
l 
M

o
d

u
lu

s
 /
 G

P
a

         Sized 

      CDK_PHB 

with 2.5wt% NFC

  Sized neat 

  CDK_PHB

        Unsized 

      CDK_PHB 

with 2.5wt% NFC

F
le

x
u

ra
l 
s
tr

e
n

g
th

 /
 M

P
a

Unsized neat 

  CDK_PHB

0

2

4

6

8

10

12

14

16

18

 

 

 Secant Flexural Modulus

ICCM19 2504



 

7  

PAPER TITLE  

[8] A. Mader, E. Volkmann, R. Einsiedel, J. 

Müssig, “Impact and flexural properties of 

unidirectional man-made cellulose 

reinforced thermoset composites”, J. 

Boibased Mat and Bioevergy, Vol 6, pp. 

481-492, 2012. 

[9] J.J Blaker, K.Y Lee, A. Bismarck 

“Hierarchical cmposites made entirely from 

renewable resources” J of biobased Mater 

and Bioenergy, Vol 5, pp 1-16, 2011 

[10] V.P Cyras, C.M. Soledad, V. Analia 

“Biocomposites based on renewable 

resources: Acetylated and non-acetylated 

cellulose cardboard coated with 

polyhydroxylbutyrate” Polym, Vol 50, Issue 

26, pp 6274-6280, 2009 

[11] K.K.C. Ho, S. -R. Shamsuddin, S. Riaz, S. 

Lamoriniere, M. Q. Tran, A. Javaid, A. 

Bismarck “Wet impregnation as route to 

unidirectional carbon fibre reinforced 

thermoplastic composites manufacturing” 

Plastic, rubber and Comp, Vol 40, pp 100-

107, 2011. 

[12] D3039/D3039M-08 Standard Test Method 

for Tensile Properties of Polymer Matrix 

Composite Materials. 2008 

[13] ASTM. Standard Test Methods for Flexural 

Properties of Unreinforced and Reinforced 

Plastics and Electrical Insulating Materials. 

vol. D790-032003 

ICCM19 2505



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Sandia National Laboratories is a multi-program laboratory managed and operated by Sandia Corporation, a 

wholly owned subsidiary of Lockheed Martin Corporation, for the U.S. Department of Energy's National 

Nuclear Security Administration under contract DE-AC04-94AL85000 

1 Introduction 

 

A distribution of constitutive responses is obtained 

using material and geometric measurements with 

representative volume elements (RVE).  The 

geometrically accurate RVEs are used for detailed 

stress concentration and damage initiation and 

propagation analysis.  Finite element modeling of 

the meso-structure over the distribution of 

characterizing measurements is automated and 

various boundary conditions are applied.  Plain and 

harness weave composites are implemented.  

Continuum yarn damage, inter-yarn debonding and 

an elastic-plastic matrix are combined with known 

materials and geometries in order to estimate the 

macroscopic response as characterized by a set of 

orthotropic material parameters.  Damage mechanics 

and coupling effects are investigated and a 

macroscopic material model is demonstrated and 

discussed.  Prediction of the elastic, damage, and 

failure behavior of woven composites will aid in 

macroscopic constitutive characterization for 

modeling and optimizing advanced composite 

systems. 

 

 

2 Background and Motivation 

 

While proper material characterization requires a 

great deal of experiments, often preliminary scoping 

and design requires only broad statistical bounds of 

the material parameters.  Thus, the presented 

micro/mesomechanical material characterization 

procedures are not intended to replace experiments, 

but rather supplement the often expensive and 

difficult to obtain data required for even the most 

basic material scoping and initial design processes. 

 

Macroscopic constitutive relations for composite 

damage evolution analysis are abundant in literature 

[1-6].  Fully characterizing even the most common 

place damage evolution and failure models requires 

difficult to implement experiments.  In addition to 

elastic characterization, an approach is presented to 

obtain estimates of the damage/plastic 

initiation/evolution parameters. 

 

The constituent (fiber, matrix) properties are often 

given in literature, manufacturing specifications or 

by a few simple tests.  Validating/calibrating 

experiments are then used in conjunction with 

geometrically accurate micro/mesomechanical 

simulations.  Additional loading conditions are then 

applied to the numerical model in order to further 

characterize the macroscopic response of the 

material. 

 

 

3 Materials, processing, and experimental 

methods 

 

In order to validate finite element simulations, a 

series of quasi-static tensile experiments have been 

performed.  In addition, edge and surface 

microscopy images have been investigated in order 

to accurately depict fiber bundle morphology and 

damage nucleation and growth behavior. 

 

3.1 Materials 

 

The glass fiber reinforced polymer (GFRP) material 

used for this investigation is a thermosetting 

polymer prepreg system with a total fiber volume 

fraction of approximately 48%.  The fiber 

architecture is an eight-harness satin weave 

composed of E-glass fibers of 6 µm in diameter.  A 
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representative unit cell of a post-mortem fractured 

surface for this architecture is shown in Fig. 1. 

 

Fig. 1.  GFRP 8-harness satin weave fiber surface 

with a unit cell illustrated. Warp face is shown with 

the warp direction vertically oriented. 

 

3.2 Specimen Processing 

 

Prepreg laminates have been hand laid from 

individual plies cut using a 4-axis CNC flatbed 

cutter.  Panels (250 mm x 300 mm) composed of 6 

plies have been laid up in a symmetric stack 

sequence with the warp face of each ply facing out 

away from the mid-thickness plane, and the warp 

direction oriented along the tensile loading direction.  

Panels were vacuumed bagged and autoclave cured 

according to the manufacturer’s recommendations.  

Beveled end tabs were then secondarily bonded to 

consolidated panels and specimens were cut using a 

wet saw equipped with a diamond embedded blade.  

Resulting specimen geometry can be seen in Fig. 2, 

with the warp fiber direction being collinear with the 

specimen length. 

 

Fig. 2.  Tensile testing specimen geometry 

 

3.3 Testing Procedure 

 

Edge and surface optical microscopy has been 

performed in order to describe the geometric 

quantities and spatial distribution necessary to have 

accuracy in simulation efforts.  Monotonic tensile 

testing in displacement control has then been 

performed at a displacement rate of 3 mm/min.  

Strain gage-based extensometers have been utilized 

to directly measure the axial and transverse strains.  

The gage lengths for the axial and transverse strain 

determination were 25.4 mm and 18.5 mm, 

respectively.  Specimens were loaded to failure with 

load and strain data continually recorded at 10 Hz. 

Post mortem microscopy was then performed on 

specimen edges as well as the surfaces in order to 

correlate with model predictions. 

 

3.4 Experimental Results 

 

Edge and surface microscopy images have allowed 

the direct measurements of tow width, height, 

spacing and undulation frequency. The resulting 

morphology has been directly used for modeling 

input to reconstruct the geometry.  A typical front 

edge micrograph can be seen in Fig. 3. 

 

 

Fig. 3.  Front edge micrograph detailing warp fiber 

tow ends 

The in-plane unit cell geometry, as shown in Fig. 1 

for a subsurface post-mortem ply, as well as from 

the top surface of a cured part in Fig. 4, give an idea 

of the fiber tow packing density.  From these 

images, the average warp and weft yarn count is 

23/cm and 22/cm, respectively. 
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Fig. 4.  Unit cell from the top surface of an as-cured 

laminate 

 

When a laminate with various fiber direction angles 

is loaded in tension, the respective failure of the 

constituent plies occurs successively in the 

increasing order of strength [7].  For this particular 

8-harness satin weave loaded in tension along the 

warp fibers, the weft fibers are oriented at 90 

degrees to the loading direction.  This loading will 

give rise to transverse cracking within the weft tows.  

Modulus decreases by approximately 46% at a strain 

of 0.36%.  The modulus then increases by 

approximately 18% before decaying further as 

damage progresses.  The knee behavior in the stress-

strain relationship is shown in Fig 5. 

 

 
Fig. 5.  Tensile stress-strain curves for the warp and 

weft directions of a GFRP  

 
 

4 Representative Volumes 

 

The three dimensional geometry of a woven 

composite on the meso-scale for numerical analysis 

must be representative of the average true structure 

and contain certain approximations/assumptions that 

ease the meshing process.  The mesh for simulation 

is contiguous.  Overlapping yarn surfaces are self-

similar and do not have a polymer layer of 

separation.  For damage analysis, these are instead 

modeled with localization elements such as cohesive 

surfaces.  Due to the conservation of fibers, the yarn 

cross-sectional area is more or less constant over the 

sweep path.  Since the sweep cross-section naturally 

changes along the path, the latter criterion is not 

strictly achieved when yarns layup in a contiguous 

manner.  Additionally, priority is given to 

experimentally determined dimensions and unknown 

dimensions and geometry will be determined from 

mesh-ability, geometric constraints and cross-section 

optimization. 

 

4.1 Micro-mechanical fiber-matrix 

 

The micromechanical model in [8, 9] is used to 

estimate elastic properties of the yarn as well as 

stress and strain concentration factors for use in 

micro to macro constituent damage evolution. 

 

 
 

Fig. 6.  Micro-mechanical model in shear (Vf = 0.87) 

 

Applying the boundary conditions described in 

section 6.1 to calculate the homogenized stiffness 

tensor, the fiber strain concentration factor can be 

calculated as 

 

    
 

  
[     ]

  
[ ̅    ] (1) 

 

where  ̅ ,   , and    are the RVE homogenized,  

fiber and matrix stiffness tensors respectively.  

Similarly, from [1] the matrix strain concentration 

tensor is given as 
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[      ] (2) 

 

These tensors relate the volume average stresses and 

strains in the constituents to the total RVE values. 

 

4.2 Plain Weave 

 

The following equations and methodology describe 

the geometry of a plain weave representative volume 

element [10].  The equations are mapped in three 

dimensions as vertices, the vertices are joined with 

curves through spline interpolation and curves 

bound surfaces that enclose individual volumes.  

The yarn section contains four unique volumes that 

can be reflected, rotated and translated to generate a 

single RVE.  

 

The following dimensions describe the plain weave 

yarn geometry:  

 

aw Warp peak to trough length 

af Fill peak to trough length 

ww Warp yarn cross-sectional width 

wf Fill yarn cross-sectional width 

hw Warp yarn cross-sectional height 

hf Fill yarn cross-sectional height 

bw Warp sweep path amplitude 

bf Fill sweep path amplitude 

 

 
Fig. 7.  Plain weave RVE dimensions  

 

All dimensions are measured as if corners are sharp.  

Geometry modifications, such as fillets or chamfers, 

can be completed in the final stage.  For this write-

up, warp yarns and fill yarns are oriented in the x 

and z directions respectively. 

 

“Inner” refers to a shared curve.  The inner warp 

path corresponds to the inner fill cross-section and 

the inner fill path corresponds to the inner warp 

cross-section for the overlapping volumes.  The 

inner fill cross-section/warp path curve is given as:  

 

  ( )    (   
  
 
)    (

  

  
)  

  
 

 (3) 

 

The inner warp cross-section/fill path curve is given 

as: 

 

  ( )    (
  

 
   )    (

  

  
)  

  

 
 (4) 

 

The outer paths in the overlap section are simply a 

normal projection from the inner paths where the 

thickness along the normal is h.  In order to preserve 

continuity, the mid paths vary linearly between the 

outer paths and the adjacent cross-section. 

 

The outer cross-sections at the yarn symmetry planes 

(peak or trough of the wave) are given as 

 

  ( )         (    )        (5) 

 

for the warp yarn, and 

 

  ( )          (    )        (6) 

 

for the fill yarn; where pw, and pf are the periods for 

the warp and weft undulations respectively. 

 

Multiple techniques are available to generate a curve 

that ensures mesh continuity and qualitative 

accuracy.  For simplicity, up to 5th order 

polynomials are chosen to represent the edges of the 

fill and warp yarns ensuring all boundary conditions 

are satisfied. 

 

The inner warp and fill mid cross-sections for the 

four volume element are determined by the fill and 

warp edges.  The outer warp and fill mid cross-

sections follow the constant mid thickness paths and 

are described by a similar formulation.  A cross-

section is generated by solving the periodic 

equations in the following form: 
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  ( )          
  

  
     (7) 

 

  ( )          
  

  
     (8) 

 

for warp and fill respectively. 

 

Statistical distributions of meso-scale measurements 

[11] sampled with Latin hypercube are used to 

generate a series of RVEs.  An in-house net 

surfacing algorithm is used to generate 

representative volumes.  The plain weave pattern is 

the focus while 8 harness satin is demonstrated and 

discussed.  Fig. 8 provides a plain weave RVE with 

medium to fine mesh. 

 

 
Fig. 8.  Plain weave RVE mesh  

 

4.3 Satin Weave 

 

The individual curves that make up the undulated 

portion of the harness weave meso-structure are 

similar to those in the plain weave with a few 

exceptions.  First, the yarns in the 0/90 region 

typically can overlap, resulting in the appearance of 

a uniform cross-section.  Therefore, a fill yarn 

approaching the undulation must originate from an 

overlapping solid and must undercut the 

corresponding warp yarn at undulation and vice 

versa.  Second, for a first approximation, we 

generate a reduced RVE, with a single undulation 

and a proportional amount of non-undulating yarns 

compared to the complete RVE [12].  Figures 9 and 

10 show the complete 8HS RVE and undulating 

region respectively. 

 
 

Fig. 9.  Finite element model of 8-harness satin 

weave 

 

       
Fig. 10.  Undulating region 

 

 

5 Materials 

 

An elastic-plastic material is chosen for the matrix, 

in which the material parameters are fit to available 

NEAT resin data.  Interface damage (inter-yarn 

debonding and cracking at the yarn to matrix 

interface) is modeled with cohesive-surface elements 

and a mixed-mode [13] traction separation law with 

parameters based on laminate testes.  The yarn 

material is a continuum damage mechanics (CDM) 

model utilizing either constituent damage properties 

[14] (micromechanical) or a homogenized macro-

mechanical response [15] formulated for a 

unidirectional fiber reinforced polymer composite. 

 

 

6 Boundary Conditions 

 

Two related boundary condition methodologies are 

investigated for this analysis.  The RVE boundary 

conditions described by Wang et al. [9] and those 

automatically calculated with a RVE capability 

implemented in our in-house finite element code 

Sierra.  In general, the following describes the 

Warp 

Weft 
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boundary condition formulation for each method.  

First, the displacements on each parallel surface pair 

of the RVE rectangular prism as a function of 

Cartesian coordinates are given by 

 

   (        )    ̅      
 (        ) (9) 

 

where  ̅   are the average strains in the RVE.  The 

second term on the right hand side   
  is a periodic 

function between RVEs ensuring continuity and is 

generally unknown.  For linear elastic analysis, 

material constants can determined by simply 

applying displacement fields and periodicity which 

relies only on satisfying displacement differences on 

each pair of parallel faces.  Thus, Wang et al. [9] 

shows that this equation reduces to  

 

   
  
   

  
   ̅ (  

  
   

  
) (10) 

 

These boundary conditions are applied as periodic if 

 ̅   = 0 or as displacements for the know (applied) 

quantities of   ̅  .  Boundary conditions applied in a 

damaging medium are more complicated however.  

The above described methodology allows for 

multiaxial stress states, then solves for the stiffness 

tensor directly.  However, with the exception of pure 

shear loading, damage parameter estimation requires 

uniaxial loading.  Therefore, Equation 10, must be 

solved in order to ensure zero net traction in the 

unloaded directions.  Since the in-house RVE 

method uses the strain rate ( ̇), equation 10 is written 

as 

 

  ̇ 
  
  ̇ 

  
   ̇ (  

  
   

  
) (11) 

 

where  ̇   is the average strain rate over the RVE. 

 

Methodology implemented in our in-house code 

simply applies the above boundary conditions in a 

multi-scale Finite Element Method.  A reference 

element undergoing some prescribed kinematics 

passes the velocity gradient to the periodic RVE 

mesh that then returns volume average stresses.  In a 

sense, the RVE serves as the constitutive equation 

for the reverence model.  FEM is used to apply 

appropriate BCs, ensuring convergence. 

 

 

 

6.1 Elastic Verification 

 

Two identical RVE meshes with elastic material 

parameters are implemented for each of the above 

described methodologies.  First, six boundary 

conditions are applied as follows [9]. 

 

Six average strain tensors are applied to the faces or 

the RVE mesh.  When  ̅    , the condition that 

  
  
   

  
   is ensured by periodic boundary 

conditions.  The following provides the applied 

strain tensor and the output volume average stresses. 

 

Six loading conditions are implemented to solve for 

the stiffness tensor.  Shown here as columns of a 

6X6 matrix 

 

   

[
 
 
 
 
 
        
        
        
        
        
        ]

 
 
 
 
 

 (12) 

 

The resultant stress tensors are written in matrix 

form as columns of a 6X6 matrix ( ).  The elastic 

compliance of the system is calculated as  

 

        (13) 

 

Symmetry is ensured and the elastic constants are 

solved from Hooke’s law for orthotropic materials. 

 

The RVE capability uses a more direct route by 

applying conditions much the same way as 

experiments.  The orthotropic homogenized elastic 

constants for a unidirectional composite with 

volume fraction 0.87 are calculated using the above 

formulations and shown to produce nearly identical 

results. 

 

6.2 Damage Analysis 

 

Damage initiation and propagation is assessed on the 

meso-scale RVEs using the homogenized finite 

element approach described in the previous section.  

For a given simple load case, such as cyclic load 

controlled, uniaxial, and various out-of-plane 

conditions, the boundary conditions are solved based 
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on the homogenized constitutive response.  The 

result is a macroscopic response on the reference 

element that can be used for material calibration. 

 

 

7 Results and discussion 

 

7.1 Elastic Properties  

 

The macroscopic plain weave response is modeled 

and mechanically average for one set of statistical 

responses and compared to the plain-weave 

graphite-epoxy data presented in [11].  The easily 

measured in-plane yarn dimensions are sampled 

while the thicknesses and yarn shapes are 

determined by the balance of cross-sectional areas.  

This approach assumes uniform volume fraction in 

the yarn and an iso-phase layup.   

 

A Latin Hypercube Sampling (LHS) of the 

characteristic parameters is used for model 

generation.  Then a single layer structured mesh is 

used for macroscopic mechanical averaging, where 

each element is assigned one homogenized set of 

parameters from a single meso-scale representative 

volume.  The warp elastic modulus (E11) is given for 

one sampling of geometric parameters as 45.0 GPa, 

which matches well with the experimental responses.  

The individual homogenized RVE elastic moduli 

have a mean of 45.1 and a standard deviation of 3.88.  

The distribution of 100 samplings is shown in Fig. 

11. 

 

 

Fig. 11. Distribution of the axial modulus 

In general, a distribution of in-plane elastic 

responses is best obtained through experiments.  

However, the methodology presented here provides 

out-of-plane properties and insight into stress 

concentration for damage initiation and failure 

analysis.  An example of transverse damage 

accumulation in a plain weave composite under pure 

in-plane shear is shown in Fig. 12. 

 

Similarly, the homogenized elastic response of the 8 

harness satin weave E-glass reduced unit cell 

predicts a range of warp modulus between 23.4 - 

26.4 GPa for the manufacturer’s low and high fiber 

volume fractions respectively.  This matches well 

with the experiments, where E11 = 24.82 GPa with a 

standard deviation of 0.56 GPa.  The two sets of 

elastic parameters are shown in Table 1. 

 

Table 1. E-glass 8HS elastic properties 

Property Measured Simulated 

E11 24.82   0.56 23.4 - 26.4 

E22 23.13   0.39 21.1 - 25.0 

E33 N/A 8.78 - 10.4 

ν12 0.13   0.01 0.117 - 0.124 

ν13 N/A 0.371 - 0.345 

ν23 N/A 0.376 - 0.349 

G12 3.71 3.40 - 4.47 

G13 N/A 2.67 - 3.13 

G23 N/A 2.61 - 3.04 

 

7.2 Damage/Plastic Properties from Shear 

 

Responses not easily obtained using experimental 

methods are of primary interest. These include 

biaxial tension, compression, in and out-of-plane 

shear, residual stress distributions in curing, damage 

and plastic initiation and evolution, and off axis 

coupling effects.  In the presence of limited data, 

simple experiments are used in addition to 

constituent properties to calibrate the meso-

mechanical response.  Figs 12 and 13 show the 

cyclic in-plane shear response of a plain weave RVE.  
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Plastic strains and damage evolution can be obtained 

from this homogenized response. 

 

 
Fig. 12. Transverse damage distribution of a plain 

weave RVE under pure in-plane shear (shown 

without matrix) 

 

For continuum damage evolution of the macroscopic 

homogenized material [1, 2]; coefficients describing 

Hill plasticity [16], crack closure and damage 

evolution are easily obtained using a series of RVE 

simulations.   

 

Similar to the methodology presented in [1], the data 

is reduced to elastic damage and plastic strain 

evolution shown in Figs. 14 and 15 respectively.  

The calibrated coupled orthotropic elastic-plastic 

damage material model response is shown in Fig. 13.  

A statistical distribution of the parameters 

characterizing the variability of the responses can 

also be obtained.   

 
Fig. 13. Cyclic shear response of a plain weave RVE 

 
Fig. 14. Damage accumulation under shear 

 

 
Fig. 15. Plastic strain accumulation under shear 

 

 

7.3  Tensile loading of 8HS GFRP 

 

Transverse cracking of the weft yarns under warp 

direction tensile loading is marked by a knee in the 

stress-strain relationship (see section 3.4).  Therefore, 

of interest is a statistical distribution of this stress 

state.   

 

Micromechanical simulations are used to estimate 

the distribution of transverse failure strengths in the 

yarns based on geometrical variations.  Matrix 

plasticity and failure are based on J2 and maximum 

equivalent plastic strain criterion.  The resulting 

random distribution of strengths are used to calibrate 

a continuum damage constitutive model [1, 2]. The 

transverse stress-strain curve is shown in Fig. 16.  
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Fig. 16. Transverse damage evolution for GFRP 

yarn 

 

As an initial approximation, transverse damage and 

failure are modeled under axial (warp) loading.  An 

additional simulation is completed with calibrated 

axial damage evolution of the yarn.  The results are 

shown in Figs. 17 and 18.  These results match well 

with experimental data.  Additionally, qualitatively 

similar results are shown in [17]. 

 

 
 

Fig. 17. Transverse (fill) yarn cracks shown as failed 

elements in red 

 
Fig. 18. Stress versus strain for axial (warp) tension 

in GFRP 8HS 

 

Similar results are obtained when implementing the 

plain weave geometries given in [11].  Statistical 

distributions of geometries and constituent 

properties are easily included to obtain a range of 

meso-structural responses. 

 

7.2 Interfacial debonding   

 

Cohesive surface elements are used to simulate 

intralaminar debonding between the yarns and 

matrix.  An in-plane shear loading simulation of a 

plain weave RVE, shown in Fig. 20, is provided as 

an example. 

 

 
Fig. 20. Yarn interface debonding for a plain weave 

in shear (matrix is removed). The transverse shear 

stress is shown. 

 

Buckling of the surface yarns under compression is 

difficult to predict.  A reduced unit cell similar to 

those shown in [18] is generated in order to predict 

the local bucking of axial (warp) yarns on the 

surface of a beam loaded in four point bending.  

Figure 21 shows a carbon fiber laminate in four 

point bending with local buckling of surface yarns.  

Because our analysis focuses on glass fiber 

composites, which do not exhibit such behavior, the 

meso-mechanical simulations of this phenomenon 

remain under development.  However, by using the 

capabilities developed in this study, a distribution of 

buckling loads can be determined from known 

geometric and material variability. 
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Fig. 21. Surface yarn interface debonding under 

axial compression (experiment). 

 

 

7 Conclusions 

 

An automated process for producing and pre- and 

post-processing geometrically accurate RVEs to 

obtain a distribution of constitutive responses has 

been presented using experimentally determined 

material and geometric measurements.  Focus has 

been given on 2D woven composites, namely plain 

and harness weaves.  Continuum yarn damage, inter-

yarn debonding and an elastic-plastic matrix are 

combined with known materials and geometries in 

order to estimate the macroscopic response as 

characterized by a set of orthotropic material 

parameters.  Elastic parameter estimation and 

validation along with a qualitative validation of 

damage/failure has been given.  While much 

remains in terms of model and tool development and 

validation; the methodologies shown in this study 

provide a basis for material parameter estimation 

using a statistical RVE approach.  The end user can 

estimate an array of parameters for design and 

material scoping exercises with minimal 

experimental effort. 
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Abstract 

Finite element models were developed to simulate 

the crushing behavior of graphite/epoxy members 

with different cross-sections and failure trigger 

mechanisms. Two different modeling approaches, 

namely, a single-layer approach and a multi-layer 

approach, were employed and results compared with 

experiments. The single-layer approach, by carefully 

calibrating the values of some of the parameters 

used in defining the contact/penetration behavior, 

predicted the initial failure peak load and the load-

crosshead displacement curve but provided no 

insight into the failure process. On the other hand, 

the multi-layer approach captured the failure process 

and predicted the sustained crush load. Results of 

this study could be used to further investigate the 

integration of such energy absorbing members into 

the subfloor structure of a rotorcraft or aircraft. 

 

1 Introduction  

The subfloor structure of rotorcraft and aircraft is a 

critical component in protecting the occupants 

against sudden deceleration by dissipating energy 

during an impact event. Energy absorbing devices 

can be integrated into the subfloor structure to 

increase the energy absorption of this region thus 

improving the overall crashworthiness [1]. 

Composite materials are considered as possible 

candidates for such integrated energy absorbing 

devices due to their high strength-to-weight ratio and 

their high specific energy absorption (SEA), 

resulting from their characteristic failure process 

under compressive loading.  

A two-part experimental study was conducted to 

investigate the energy absorption characteristics of 

graphite/epoxy members (IM7/8552) subjected to 

quasi-static axial compression. The first part of the 

study focused on the crushing behavior of circular 

tubes.  Emphasis was placed on determining the 

optimal failure trigger mechanisms, including edge 

chamfers, crush-caps (forcing inward and outward 

fiber splaying), and their combinations, to reduce the 

initial peak load and increase SEA [2]. The second 

part of the study focused on investigating structural 

members having open cross-sections that are more 

prevalent in the aerospace industry, including C-

channels, right angles, and hat-stiffeners, with two 

different failure trigger mechanisms (edge chamfers 

and steeple triggers) [3].  

Due to the high cost of conducting experimental 

studies of large structures, there is a need for reliable 

computational models capable of predicting the 

crushing response of composite members. There 

have been several attempts to develop explicit finite 

element models [4-9] with varying degrees of 

success. A single layer of shell elements was used in 

[4] to represent the laminate along with a user-

defined contact between the loading platen and the 

specimen. Results showed that numerous numerical 

parameters needed to be determined in order to 

calibrate the simulation results to the experimental 

load-crosshead displacement data. A continuum 

damage mechanics model (CODAM) was used in 

[5] along with multiple layers of shell elements and 

a tiebreak contact definition to capture delamination. 

A “debris wedge” model formed between the 

delaminated surfaces of neighboring plies during the 

crushing process was incorporated to ensure 

accuracy of the simulation. While this approach can 

induce ply splaying in the experimentally-observed 

direction, it may not be generally applicable to other 

cases. Further, it was noted in [6], that CODAM 

requires extensive material characterization and a 

number of input parameters have to be obtained by 

correlating simulation with experiments. Other 

studies used multiple layers of shell elements with 

cohesive elements to model the delamination [7-9]. 

Pre-defined seam elements were introduced along 

the axial direction of circular and square tubes in 

[7,8] in order to simulate the propagation of axial 

cracks and yielded better comparison with the 

experimental results. Increasing Mode I and Mode II 

energy release rates for the cohesive interface also 
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yielded better correlation with experimental results 

[9]. 

The primary focus of this paper is on the finite 

element modeling and simulations performed to 

capture the crushing behavior of circular tubes and 

open cross-section members. The experimental work 

is briefly summarized first, followed by a 

description of finite element models and results of 

numerical simulations.  Two different modeling 

approaches using LS-DYNA were employed, 

namely, the single-layer approach and the multi-

layer approach..  

 

2 Summary of Experimental Work 

Specimens were fabricated using Hexcel 

IM7/8552 Graphite/Epoxy pre-preg. All specimens 

were 101.6 mm long and the open cross-section 

specimens were fabricated with the same cross-

sectional area. Lay-up sequences and specimen 

dimensions are listed in  

Table 1 and Fig. 1.  The circular tubes were self-

supporting while the open cross-section specimens 

were supported by a 25.4 mm thick potted base, Fig. 

2, to ensure stability. All specimens included a 

failure trigger mechanism to initiate progressive 

failure during the crushing process. The circular 

tubes were tested with chamfers and crush-caps [2], 

while the open cross-sections were tested with 

chamfers and steeples [3].  

All tests were conducted under quasi-static axial 

compression conditions.  The tests were carried out 

on an Instron Testing Machine Model 1127. Loading 

was applied under stroke controlled mode at a 

displacement rate of 7.6 mm/min. All tests were 

terminated after a maximum displacement of 50.8 

mm, providing sufficient crush data from which the 

amount of energy absorbed could be calculated. A 

summary of the experimental results that are 

relevant to the development of the finite element 

models is provided in the following two sections.  

2.1 Circular Tubes  

The results showed that the chamfer was very 

effective at reducing the initial peak load, while the 

inward-splaying crush-cap was most effective at 

increasing the sustained crush load and SEA. 

Further, combining an edge chamfered tube with an 

inward-splaying crush-cap (“combined” trigger) 

yielded the highest SEA with a low initial crush 

load. Fig. 3 shows the average load-crosshead 

displacement curve of the tube with the chamfer and 

the combined failure trigger mechanisms. Further 

data are provided in [2]. 

2.2 Open Cross-sections 

The results from this part of the study indicated that 

the steeple trigger is more effective than the chamfer 

trigger at reducing the initial crush load.  The angle 

and hat cross-sections showed similarly high SEA’s 

for both failure trigger mechanisms. The C-channel 

specimens resulted in the lowest SEA’s in both 

cases. Fig. 4 and Fig. 5 show the average load-

crosshead displacement curve of the open cross-

section specimens with the chamfer and steeple 

triggers, respectively. Further data are provided in 

[3]. 

 

3 Single-layer Modeling Approach 

3.1 Model Setup 

The single-layer modeling approach used in [4] 

was adopted for this study. A single layer of shell 

elements was used to represent the laminate in the 

models. An element size of 1.27 x 1.27 mm was 

used which resulted in each model having 

approximately 5,500 elements. Individual plies were 

modeled using through-the-thickness integration 

points, with one integration point per ply in the 

thickness direction. Each integration point was 

assigned a ply thickness and an orientation 

corresponding to the stacking sequence shown in  

Table 1. The 45° chamfer was approximately 

modeled by reducing the number of plies in the first 

row of elements to three plies, Fig. 6, with the height 

of the first row being the same as that of the 

chamfer. The steeple trigger was modeled by 

making two 15° cuts to the top of the model, Fig. 6, 

to accurately represent the actual specimen.  

3.2 Material Model 

Material model 54 (MAT54) in LS-DYNA was used 

to simulate the crushing behavior of the specimens. 

MAT54 is a progressive failure model that uses the 

Chang-Chang failure criterion [10] to determine 

failure of each ply (associated with an integration 

point). This model allows the user to create a local 

material coordinate system to specify the orientation 

of each ply. There are 21 parameters in MAT54 that 

need to be specified; 15 of which are physical and 

six are numerical parameters [10]. Of the 15 

physical parameters, 10 parameters represent 

material properties that were obtained from [11]. 

The remaining five physical parameters are tensile 

and compressive failure strains in the fiber and 

ICCM19 2518



 

3  

matrix directions, respectively, and the shear failure 

strain. The six numerical parameters were either 

estimated or set to their default values, depending on 

the behavior required of the material model. An 

extensive parametric study was conducted to 

determine the optimal values of the unknown 

parameters. 

3.3 Boundary Conditions and Contact Definitions 

A fixed boundary condition was assigned to the 

nodes along the flat edge of all finite element 

models. Only one contact definition, between the 

loading platen and the chamfer/steeple end of the 

specimen, was needed for the single-layer models. 

The contact definition used to model this interaction 

was contact rigid nodes to rigid body, following the 

approach outlined in [4]. The advantage of using this 

type of contact definition is that it distributes the 

contact force over multiple rows of elements, thus 

preventing the load from dropping to zero after the 

deletion of each row of elements. This is 

accomplished by allowing the nodes of the tube to 

penetrate into the platen by a specified distance, Fig. 

7. As the nodes penetrate, they are pushed back by 

forces calculated based on a user specified load-

penetration curve. The initial load-penetration curve 

used in this contact definition was estimated from 

the compressive failure load and cross-sectional area 

of the element, which was continuously “fine-tuned” 

as the simulation proceeded. Fig. 8 shows the final 

load-penetration curve used. 

3.4 Simulation Results 

3.4.1 Circular Tubes 

As mentioned in the previous section, there are five 

physical and six numerical parameters in MAT54 

whose values need to be determined numerically. An 

extensive parametric study was performed to 

investigate the effect of these parameters on the 

simulation results. It was determined that parameter 

DFAILC (fiber compression failure strain) had the 

greatest effect on the value of initial peak crush load 

while parameter SOFT (crash-front element 

softening parameter) had the greatest effect on the 

value of sustained crush load, which determined the 

value of SEA. By adjusting these two parameters it 

was possible to obtain simulation results that agreed 

very well with the experimental results. Fig. 9 shows 

the comparison between the simulation results of a 

chamfered tube with the experimental load-

crosshead displacement behavior. The SEA obtained 

from the simulation (129 kJ/kg) compared well with 

the experimental SEA (127 kJ/kg).  

While the single-layer approach yielded excellent 

agreement with experimental results in terms of 

load-crosshead displacement curve and SEA, it 

could not replicate the deformation and failure 

processes of the composite structure, such as matrix 

splitting, delamination, etc. Further, this approach 

could not be used to capture the effect of the crush-

cap due to the unrealistic contact definition used.  

 

 

3.4.2 Open Cross-sections 

With open cross-section specimens an attempt was 

made to determine a common set of values for the 

11 numerical parameters that could be used to 

simulate the crushing behavior of the different cross-

sections and failure trigger mechanisms. An 

extensive parametric study was conducted to find the 

required parameters using the C-channel specimen. 

Similar to the case of the circular tubes, by adjusting 

the values of the DFAILC and SOFT parameters it 

was possible to obtain simulation results that 

correlated well with the experimental data for the C-

channel with a chamfer trigger, Fig. 10. The same 

parameter values were then used in the chamfer 

trigger models of the angle and hat stiffeners. It was 

found that, by varying the value of the SOFT 

parameter it was possible to match the crush load 

and SEA values from simulations to the 

experimental results. However, the initial peaks 

loads were not predicted accurately, indicating that 

the DFAILC parameter needed to be modified as 

well, Error! Reference source not found.. In other 

words, a different set of SOFT and DFAILC values 

is needed for each cross section in order to 

accurately predict both the peak load and SEA. 

A similar parametric study was performed for the C-

channel with a steeple trigger. However, it was not 

possible to establish a similar correlation due to the 

lack of a chamfered row of elements to take 

advantage of the SOFT parameter, Fig. 11. This 

model was very sensitive to minor changes to the 

DFAIL and SOFT parameters, often resulting in 

unstable collapse. When the C-channel stiffener 

parameters were applied to the hat and angle 

stiffener models, poor correlation was obtained, 

Table 3. That is, the predictions of the peak load and 

SEA for each cross-section strongly depend on the 

proper selection of the material parameters, i.e., fiber 

compression failure strain and crash-front element 

softening parameter.  This should be expected since 

different failure processes are associated with 
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different cross-sections and different geometries of 

the failure triggers. 

 

4 Multi-layer Modeling Approach 

4.1 Model Setup 

In the multi-layer approach the laminate was divided 

into multiple layers of shell elements that were tied 

together using a tiebreak contact definition. To 

improve computational efficiency, multiple plies 

were grouped together into one shell elements layer. 

The circular tubes consisted of nine plies that were 

divided into three shell element layers representing 

three plies each. The open cross-sections consisted 

of ten plies that were divided into five shell element 

layers representing two plies each. As in the single 

layer model, each ply was represented by a single 

integration point through the thickness of the shell 

element layer. An element size of 1.27 x 1.27 mm 

was used for the flat sections in the models (web and 

flanges). For curved sections (tubes and corners of 

open cross-section models) a refined element size of 

0.635 x 0.635 mm was used for a more accurate 

simulation of the damage progression in these 

regions. This resulted in the tube model having 

approximately 77,000 elements and the open cross-

section models having approximately 55,000 

elements. The 45° chamfer was modeled by 

staggering the length of each shell layer such that the 

inner layer’s first row of elements represented the 

start of the chamfer, and the outer layer represented 

the end of the chamfer. The steeple trigger was 

modeled by making two 15° cuts to the top of the 

model. 

4.2 Material Model 

Material model MAT54 was used to represent each 

ply, as was the case in the single-layer approach. In 

this case, however, the only MAT54 parameter that 

needed to be determined was DFAILM, which is the 

failure strain in the matrix direction. Adjusting the 

value of DFAILM enabled matrix splitting to occur, 

as observed in the experiments. A parametric study 

was performed to determine the optimal value of 

DFAILM for the C-channel with a chamfer trigger 

model. It was found that the corner elements 

required a larger value of DFAILM than the 

elements on the flat sections to accurately represent 

crack formation and propagation along the corners. 

It should be noted that the thicknesses of the corners 

in the test specimens were not consistent with the 

flat sections. In the finite element models the same 

thickness was used throughout the entire cross-

section. This warranted using a separate DFAILM 

value for the corner elements. 

Once an optimal set of DFAILM values was 

determined for the C-channel with a chamfer trigger, 

it was applied to the other five models (C-channel 

with a steeple trigger, angle and hat stiffeners with 

chamfer and steeple triggers). 

4.3 Boundary Conditions and Contact Definitions 

All boundary conditions used in the models were 

accurate representations of the experimental setup. 

The circular tubes did not require any boundary 

conditions as they were placed standing upright 

between the loading platen and the base of the 

Instron machine. The open cross-sections required 

the nodes along the flat end of the models to be fixed 

in all degrees of freedom to simulate the potted base 

used for support.  

The interaction between the loading platen and the 

specimens was modeled using a surface to surface 

contact definition (contact automatic surface to 

surface).  

As mentioned earlier, the shell layers were tied 

together using a tiebreak contact definition (contact 

one way surface to surface tiebreak) with option 8 

[10]. This tiebreak formulation allowed for 

simulating delamination at the interface between 

each shell element layer. Damage initiates when the 

stress reaches a failure criterion based on the normal 

and shear interlaminar strengths [10], defined as  

 (
|  |

    
)

 

 (
|  |

    
)

 

   (1) 

where    and    are the normal and shear stresses 

acting on the interface, while NFLS and SFLS are 

the normal and shear failure stresses of the tie, 

respectively. The stress is then scaled as a linear 

function of the separation distance.  

The critical distance to failure (CCRIT) can be 

calculated from the energy released due to the 

failure of the interface,  

      
 

 
         (2) 

where 

    √   (    )
  |  |

  (3) 

at the initiation of damage. For pure Mode II 

delamination      and       , Equations (2) 

and (3) can be rewritten as 

       
      
    

 (4) 
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where      is equal to the Mode II critical energy 

release rate,     , obtained from [12] for IM7/8552. 

Hence, with values for NFLS and SFLS known, all 

required input parameters for this tiebreak 

formulation are available. It is noted that the 

simulation of progressive delamination is mesh size 

dependent and typically requires a very fine mesh. 

To improve the computational efficiency, the 

methodologies discussed in [13] were adopted. 

While the methodologies proposed in [13] were 

intended for use with cohesive zone models, they 

can be applied to the tiebreak formulation used here 

as well since the tiebreaks follow a traction-

separation law similar to that used in cohesive zone 

formulations. The proposed solution involves 

lowering the interfacial strengths whilst keeping the 

fracture toughness constant in order to adapt the 

length of the cohesive zone for a given mesh size. 

The required interfacial strength  ̅  can be 

calculated as 

  ̅  √
     

    
   

 (5) 

where   is the transverse modulus    for orthotropic 

materials,    is the fracture energy release rate,   
  

is the desired number of elements in cohesive zone, 

and    is the mesh size in the direction of 

delamination. The minimum number of elements 

needed in the cohesive zone has not been well 

established. Various studies have used anywhere 

from two elements to 10 elements in the cohesive 

zone [13]. In this study, it was determined that five 

elements were sufficient to simulate the propagation 

of delamination. Hence, with   
   , equation (5) 

was used to solve for the new NFLS and SFLS 

values. The new SFLS was substituted into equation 

(4) to calculate the CCRIT value.  

As mentioned earlier, in order to improve 

computational efficiency, each shell layer represents 

multiple plies (three for the tube and two for the 

open cross-sections). Hence, the tiebreak contact 

was required only between each shell layer, rather 

than each ply. However, in reality delamination 

could occur along any, if not all, ply interfaces as the 

specimen is crushed. Therefore, in order to account 

for the energy from these unaccounted for 

delamination interfaces, CCRIT was scaled by the 

ratio of the number of ply interfaces        to the 

number of tiebreak interfaces     , defined as 

              
      
    

 (6) 

The values calculated using equations (4), (5) and 

(6) were used to simulate the various combinations 

of cross-sections and failure trigger mechanisms 

studied. 

4.4 Simulation of the Crushing Process 

4.4.1 Circular Tubes 

Simulations of the circular tubes with a chamfer 

trigger and a combined trigger mechanism were 

performed. Results show that the approach described 

above provided a good depiction of the failure 

process (Fig. 12). In the chamfered tube case, the 

simulation predicted that the outer layer of shell 

elements (three plies) splayed outwards, while the 

other two shell element layers splayed inwards. In 

the experiment, however, only two plies splayed 

outwards while seven splayed inwards. The 

simulation would not be able to capture this level of 

detail due to the grouping of three plies per shell 

layer. In the combined trigger case, both the 

simulation and experiment showed that all plies 

splayed inwards, as expected. 

When comparing the simulation to the experimental 

load-crosshead displacement curve of the chamfered 

tube, it was seen that the simulation displayed three 

high initial peaks, Fig. 13, corresponding to the 

crushing of the three shell element layers in the 

chamfered region. Since the plies were not modeled 

individually, it was not possible to obtain a realistic 

representation of a 45° chamfer. However, it was 

determined that by applying an SAE 300 Hz filter to 

these data, a smoother initial peak load was obtained 

(Fig. 13) that compared very well with the 

experimental results, Fig. 14. It should be noted that 

this filter did not affect the sustained crush load and 

overall SEA. These values correlated very well with 

the experimental results regardless of the filter 

applied, Fig. 15 and Fig. 16. Similar results were 

obtained with the simulation of the circular tube 

with the combined trigger mechanism, Fig. 15 and 

Fig. 16. 

4.4.2 Open Cross-sections 

Simulations of the open cross-section specimen with 

a chamfer and steeple failure trigger mechanisms 

were performed as well. The results showed, Fig. 17, 

that the simulation was capable of accurately 

depicting the failure process of the test specimen in 

terms of crack propagation at the corners, 

delamination and the splaying direction of individual 

plies. 

A representative comparison of the load-crosshead 

displacement curves for the C-Channel having a 
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chamfer trigger is shown in Fig. 18. As with the 

circular tube simulations, the approximate modeling 

of the chamfer also resulted in high initial 

fluctuations and required filtering to obtain more 

reasonable results. Since each shell element layer 

represented only two plies in this case (as opposed to 

three in the circular tubes) an SAE 600 Hz filter was 

sufficient to obtain good correlation with the 

experimental data. A comparison of the simulation 

results obtained for all chamfer trigger cases is 

shown in Fig. 19 (peak load and crush load) and Fig. 

20 (SEA). Good correlation was observed for the 

SEA of the C-channel and hat specimens; however, 

the simulation of the angle cross-section yielded an 

SEA which was higher by 11% as compared with 

the experiments.  

A comparison of representative load-crosshead 

displacement curves for the hat stiffener with a 

steeple trigger is shown in Fig. 21. For the steeple 

trigger simulations, no filtering of the results was 

required since the steeple was modeled accurately. A 

comparison of the simulation results obtained for all 

steeple trigger cases is shown in Fig. 22 (peak load 

and crush load) and Fig. 23 (SEA). Good correlation 

was observed for the SEA of all specimens; 

however, the angle simulation under predicted the 

peak load by 34%.  

 

5 Conclusions 

In this study, finite element models were developed 

using LS-DYNA to simulate the crushing behavior 

of composite stanchions. Two approaches were 

employed to model the crushing process, namely, a 

single-layer approach and a multi-layer approach. 

The single-layer approach was able to accurately 

replicate the load-crosshead displacement curve of 

the C-channel with a chamfer trigger. This approach 

involved performing an extensive parametric study 

to obtain the values of certain parameters required 

by material model 54 (MAT54) to correctly fit the 

simulation results to the experimental load-

crosshead displacement data. It was determined that 

two parameters, DFAILC and SOFT, play a key role 

in predicting the initial peak load and sustained 

crush load, respectively. An attempt was made to 

find a common set of parameters that could be used 

across the different cross-sections; however, each 

cross-section requires a separate DFAILC and SOFT 

definition. This method proved to be even more 

unsuccessful when applied to specimens with a 

steeple trigger mechanism due to the lack of the 

chamfer row of elements to effectively use the 

SOFT parameters. These models were mostly 

unstable and it was not possible to find a common 

set of parameters to use between the different cross-

sections. 

For the multi-layer approach, it was determined that 

DFAILM was the only parameter that needed to be 

adjusted in order to obtain good correlation with the 

experimental results. A parametric study was 

performed to determine an optimal set of input 

parameters for the C-channel with a chamfer trigger. 

Further, an energy based approach was employed to 

determine the critical distance to failure for the 

tiebreak contact definition. These parameters were 

then used across the remaining case studies. Overall, 

the results obtained were highly satisfactory with the 

approach being able to accurately replicate the 

crushing process observed in the experiments. In 

most cases, the load-crosshead displacement curve 

and SEA was well predicted. 
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Table 1: Specimen configuration 

Geometry Lay-up 
Length 

in (mm) 

Cross-sectional 

area 

in
2
 (mm

2
) 

Wall thickness 

in (mm) 

Failure trigger 

mechanism 

Circular Tube [-15/+15/03/-15/+15/02] 4 (101.6) 0.22 (142) 0.054 (1.37) Chamfer/Crush-cap 

C-channel [02/+45/-45/02/-45/+45/02] 4 (101.6) 0.28 (180) 0.06 (1.52) Chamfer/Steeple 

Hat Stiffener [02/+45/-45/02/-45/+45/02] 4 (101.6) 0.28 (180) 0.06 (1.52) Chamfer/Steeple 

Angle Stiffener [02/+45/-45/02/+45/-45/02]S 4 (101.6) 0.28 (180)
 

0.12 (3.04) Chamfer/Steeple 

 
Table 2: Correlation between the experimental and 

simulation results for each cross-section with a chamfer 

trigger 

Specimen 
Peak Load 

[Error %] 

Crush Load 

[Error % 

SEA 

[Error % 

C-Channel 3.9% 6.4% 7.2% 

Angle Stiffener 20.1% 5.1% 5.4% 

Hat Stiffener 20.5% 3.1% 1.4% 

Table 3: Correlation between the experimental and 

simulation results for each cross-section with a steeple 

trigger 

Specimen 
Peak Load 

[Error %] 

Crush Load 

[Error % 

SEA 

[Error % 

C-Channel 21.9% 17.8% 0.4% 

Angle Stiffener 66.7% 58.1% 64.0% 

Hat Stiffener 30.3% 24.6% 33.3% 

 

 
Fig. 1: Test specimens cross-sectional dimension (all dimensions in mm)

 

ICCM19 2523



 
Fig. 2: Test specimens

 
Fig. 3: A comparison of experimental load-crosshead 

displacement curves of tubes having a chamfer trigger and 

tubes having a combined trigger. 

 
Fig. 4: A comparison of experimental load-crosshead 

displacement curves of C-Channel, Angle and Hat 

stiffeners having a chamfer trigger. 

 
Fig. 5: A comparison of experimental load-crosshead 

displacement curves of C-Channel, Angle and Hat 

stiffeners having a steeple trigger. 

 

 

 
(a) 

 
(b) 

Fig. 6: Single-layer finite element models of (a) circular 

tube with a chamfer; and (b) C-channel with a steeple. 

 
Fig. 7: Penetration of the platen by tube elements 

according to the load-penetration curve in the contact 

definition. 

 
Fig. 8: Final load-penetration curve for the contact 

definition used in single-layer model.  
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Fig. 9: Single-layer simulation vs. experimental load-

crosshead displacement curve for the circular tubes 

having a chamfer trigger. 

 

 
Fig. 10: Single-layer simulation vs. experimental load-

crosshead displacement curve for the C-channels having a 

chamfer trigger. 

 

 
Fig. 11: Single-layer simulation vs. experimental load-

crosshead displacement curve for the C-channels having a 

steeple trigger. 

 

 

 

 

 

 

 

 

 

 

Experiment 

 

Simulation 

 

(a) Tube with chamfer failure trigger mechanism 

 

  
(b) Tube with combined failure trigger mechanism 

Fig. 12: A comparison of the final deformation of the 

experimental and simulation circular tube having (a) a 

chamfer failure trigger; and (b) a combined failure trigger 

mechanism (chamfer and crush-cap). 

 

 
Fig. 13: Effect of filtering on multi-layer simulation load-

crosshead displacement curve for the circular tubes 

having a chamfer failure trigger. 
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Fig. 14: Multi-layer simulation vs. experimental load-

crosshead displacement curve for the circular tubes 

having a chamfer failure trigger. 

 
Fig. 15: Multi-layer simulation vs. experimental peak load 

and crush load comparison for the circular tubes having a 

chamfer failure trigger and a combined failure trigger. 

 

Fig. 16: Multi-layer simulation vs. experimental SEA 

comparison for the circular tubes having a chamfer failure 

trigger and a combined failure trigger. 

 

Experiment 

 

Simulation 

 

Fig. 17: A comparison of the experiment vs. simulation 

final deformation of the hat stiffener with a steeple failure 

triggering mechanism. 

 

 

 

Fig. 18: Multi-layer simulation vs. experimental load-

crosshead displacement curve for the C-Channel having a 

chamfer failure trigger. 

 

 
Fig. 19: Multi-layer simulation vs. experimental peak load 

and crush load comparison for the open cross-sections 

having a chamfer failure trigger. 
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Fig. 20: Multi-layer simulation vs. experimental SEA 

comparison for the open cross-sections having a chamfer 

failure trigger. 

 

Fig. 21: Multi-layer simulation vs. experimental load-

crosshead displacement curve for the Hat stiffener having 

a steeple failure trigger. 

 

 

 

Fig. 22: Multi-layer simulation vs. experimental peak load 

and crush load comparison for the open cross-sections 

having a steeple failure trigger. 

 

Fig. 23: Multi-layer simulation vs. experimental SEA 

comparison for the open cross-sections having a steeple 

failure trigger. 
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1 Introduction  
This paper presents a study in to the cure of carbon 

fibre composite via electrical heating of the carbon 

fibres themselves.  This is achieved by direct 

connection of the fibres to an electric current.  In 

this way the fibres act as heating elements meaning 

that the resin in the immediate vicinity of each fibre 

will be heated, and thus cure effected.  As the 

distance that the heat must travel in order to cause 

cure is very low, the heating of the resin is very 

rapid.  Previous work on this has been limited [1], 

with it having been shown to be possible to cure 

resin in this manner, however the properties were 

disappointing, and the results suggested that the 

resin was under-cured.  The current paper therefore 

aims to overcome these limitations and to compare 

fully electrically cured composite with conventional 

methods in order to determine the effectiveness of 

the process. 

 

Manufacturing of high performance composites has 

relied heavily on the use of autoclaves in the past, 

to obtain the right combination of heat, vacuum (to 

remove volatiles) and pressure consolidation (to 

ensure maximum density of the part).  This 

approach is costly [2], as heat transfer to the part is 

by convection and heating takes place from the 

outside of the panel.  This can lead to significant 

temperature profiles through the thickness of the 

composite meaning regular dwells and slow heating 

rates are necessary to uniformly cure the panel 

[3,4].  Rates of between 1°C/min. and 4°C/min are 

typical. The requirement for a large pressure vessel 

also adds to the cost of this approach.  To attempt to 

overcome these issues, a number of other 

manufacturing techniques, generically known as 

“out of autoclave” (OOA) techniques, have been 

developed.  

 

One advantage of these OOA techniques is the 

heating rate that can be applied, as the thermal mass 

of the system is much lower.  Researchers have 

investigated the effect of much higher heating rates 

on the properties of the composite and found that if 

well controlled there is little if any reduction in the 

mechanical properties. [5] 

 

Two processes which allow particularly rapid 

heating rates are Quickstep™ and microwave cure 

 

Quickstep™ employs liquid as the heat transfer 

medium via a flexible mould surface.  As the liquid 

has a low thermal mass, unlike the metal moulds 

used in the previous techniques, very rapid changes 

in temperature are possible (up to approximately 

14°C/min.) [2,6].  This is in contrast to the 

conventional ramp rates of less than 4°C/min.  

Consolidation pressure is also provided by the 

liquid medium, so consolidation pressures similar to 

autoclaves are possible and, as such, no special 

composites are required.  As with autoclave 

processing, heat transfer occurs from the panel 

surface to the centre by conduction. 

 

Microwave cure of composites heats the part 

directly from within its structure, as the microwaves 

interact through the thickness [4,7].  As such, it 

therefore overcomes the problem that heat must 

conduct from the surface in order to warm the 

centre of the panel, as long as the panel is relatively 

thin so that the microwaves can penetrate.  As heat 

rapidly builds up in the centre of the part, viscosity 

of the resin reduces throughout the panel at the 

same time.  Therefore consolidation can take place 

throughout the panel at the same rate, rather than 

densifying the outer surfaces first and therefore 

trapping bubbles within the structure. The effect is a 

reduction of the observed void content [8]. 

 

It is therefore advantageous to heat the panel from 

the inside out rather than from the outside in.  

Unfortunately microwave cure has other 

disadvantages, not least the danger that the 
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microwaves present to humans and thus the 

requirement for careful containment.  There is also 

a complication in ensuring the microwave field 

uniformly encompasses the part, preventing 

“hotspots” from forming and creating a panel with 

varying degrees of cure in different locations. This 

has been partially overcome with variable 

frequency microwave processing [9].  These issues 

add to the cost of the microwave system. 

 

Cure of the composite by directly applying an 

electric current presents an alternative approach to 

curing that overcomes some of these difficulties.  

Direct application of an electrical current to a 

carbon-fibre causes it to heat, a fact that led to the 

use of carbonised threads as filaments in the early 

electrical light-bulbs.  Utilising this effect, opens a 

way to cure composites in which heating occurs 

throughout the panel simultaneously, as with 

microwave cure, but without the concomitant 

containment problems.  Indeed the system can 

consist merely of a power supply, electrical contacts 

and a vacuum bag to provide consolidation of the 

panel. 

 

To date only one paper has been published using 

direct application of an electric current to cure 

composite [1], although others have used an 

embedded mesh to act as a heating element [10].  In 

the existing paper [1], the electrical current was 

applied by interleaving copper blocks as contacts 

between all of the layers of a carbon-fibre 

composite laminate (914c TS(6K) pre-preg sheeting 

produced by Hexcel Composites), at both ends of 

the panel.   The centre of the panel was then 

clamped between blocks of metal to provide a 

consolidation pressure. Electricity was applied to 

the panel through the contacts, with a voltage of 

between 6 V and 6.4 V and a current of 15 A being 

necessary to successfully cure the panel.  In this 

case, the panel was heated to 185°C and this 

temperature was held for 60 minutes to cure the 

panel.  Following cure, the panel was tested using 

3-point bending and it was found that the composite 

was tougher than conventionally cured composite 

(Break strain 4.1% against 2.2%), but that it had a 

lower maximum stress level (520 MPa against 773 

MPa). These findings suggest that the composite 

was under-cured and that a longer cure time or a 

higher temperature would have been beneficial.  

There appears to have been no further work on this 

topic by the authors. 

 

This paper therefore examines the electrical cure of 

composites, focussing on ensuring complete cure of 

the composite and determining the necessary power 

input to achieve it. Initially, work will focus on the 

contact arrangements to ensure uniform heating of 

the panel.  Once uniform heating is obtained, work 

will focus on determining the length of time 

required to fully cure the composite.  Finally, the 

necessary power to cure the composite will be 

determined and compared to that required for 

conventional cure.   

 

 

2 Experimental  
Materials and Equipment 

The composite used in this study was Cycom 950-1 

obtained from Cytec Engineered Materials ltd, 

which has a recommended cure schedule of 2 hours 

at 135°C under vacuum pressure.  Each sample was 

14 cm by 6 cm and consisted of two plies. For 

electrical cure, the composite was vacuum bagged 

and heated electrically as described below.  

Additionally, panels were prepared using the 

recommended schedule in a curing oven, again 

within a vacuum bag. All vacuum consumables 

were obtained from Tygavac Advanced Materials 

ltd. 

 

Electrical contacts were made using DuPont 

Pyralux FR-8510 flexible electrical circuit board 

consisting of an 18µm layer of copper on a 25µm 

layer of polyimide film, bonded with a 25µm 

adhesive film. 

 

Power was supplied using a Rapid Electronics SPS-

9602 power supply rated at 30V, 30 A 

 

Temperature of the panels was monitored using a 

Pico Technologies TC08 and PicoLog software, 

attached to three Type N thermocouples. 

 

Thermal images were taken using an Electrophysics 

PV320 thermal imaging camera. 

 

Thermal analysis of degree of cure was obtained 

using a Perkin Elmer DMA8000, in dual cantilever 

bending with samples measuring 75.0 mm x 5.0 

mm x 0.7 mm.  Testing was conducted at 

temperatures between 20°C and 250°C with a ramp 

rate of 3°C per minute.  Three frequencies were 

used, those being 1 Hz, 10 Hz and 100 Hz in order 

to determine the location of the glass transition and 

to observe if residual cure was occurring. 
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Electrical Cure Process and Analysis 

Several contact arrangements were considered in 

order to obtain a uniform temperature distribution.  

These are summarised in the Figure 1. 

An electrical field was applied in each case and the 

uniformity of the heat was assessed using the 

thermal imaging camera and thermocouples taped 

to the surface of the panel.  Heat in the panel was 

controlled manually in this initial trial.  Regular 

adjustment of the supply was required, particularly 

during the initial stages of cure, as the resistance of 

the composite fell with the reduction in resin 

viscosity and increased consolidation of the 

component. 

 

The cure time was varied from 8 minutes to 1 hour 

and the panels were sectioned to provide specimens 

for DMA testing.  The glass transition envelopes 

were compared with those of the oven-cured 

specimen, with differences between the two 

indicating differences in the molecular weight 

distribution within the panels. 

 

 

 

3 Results 

Contact geometries 

The effect of contact geometry was tested using 

three different contact geometries, with the 

uniformity of the heating being assessed using 

thermocouples placed along the surface of the 

panel.  Figure 2 shows the uniformity for sample 

type A, Figure 3 shows the uniformity for sample 

type B and Figure 4 shows the uniformity for 

sample type C as illustrated in Figure 1. 

 

It is readily seen that the uniformity for sample type 

A is poor (Figure 2), with excess heating around the 

contacts, particularly the negative contact.  The heat 

distribution with sample type B is more uniform 

(Figure 3), but there is still a tendency to heating 

only at the contacts, again with the negative contact 

being hotter than the positive contact.  Finally, with 

sample type C, the temperature is much more 

uniform than for the previous samples (Figure 4).  

There is some excess heating in the contacts, but 

this is minimized and the temperature field is 

acceptably uniform for the purposes of this study.  

Therefore all future samples employ this contact 

geometry. 

 

The reason why there should be excess heat at the 

negative contact compared to the positive contact is 

not known.  However, with a number of samples 

tested this was always found to be the case.  This 

suggests that the use of an alternating current might 

provide more uniform heating.  However it was not 

Fig 1.  Showing A. The sample with electrical connections made using a wire directly 

introduced between the composite plies; B. The sample with contacts made using single strips 

of flexible circuit board; C. The sample with contacts made using strips of flexible circuit board 

enclosing the edges of each ply. 
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possible to assess this in the present study. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig 3. Graph showing poor uniformity of heating with electrical contacts made purely by 

embedding electrical wire in the panel ends. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig 2. Graph showing poor uniformity of heating when a single layer of flexible circuit board is 

used to make electrical contact with the panel. 
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Thermal imaging was employed to further study the 

heating process of the panel, particularly the 

uniformity as the panel initially heats.  Figure 5 

shows two images, a) taken 5 minutes after the start 

of heating and b) taken when an equilibrium 

temperature had been reached according to the 

thermocouples.  From these images, it is clear that 

initially heating concentrates around the contacts 

and through the central portion of the panel.  This is 

shown by the very edges of the panel in the vicinity 

of the contacts being heated, while for the rest of 

the panel length, the edges are notably cooler.  

After the panel has reached equilibrium, it is readily 

apparent that heating is uniform across the panel.  

The edges are, however, slightly cooler as they are 

more efficient at radiating heat than the bulk of the 

panel.  

 

 

Cured properties 

Dynamic mechanical analysis was used to show the  

glass transition temperatures of the composites 

made using electrical cure and also made using 

conventional vacuum bag curing.  Differences in 

the glass transition envelopes would show whether 

the panels were completely cured, or not. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig 4. Graph showing good uniformity of heating when the ends of each ply within the 

composite are encased between two layers of flexible circuit board. 

 

 

 

 

 

 

Fig 5. Thermal image showing the uniformity of heating in the panel at (a) 5minutes after heating 

started and at (b) when equilibrium had been reached. 
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The glass transition envelope of a polymer is very 

sensitive to under-cure, due to the presence of 

short-chain-length polymer.  As the material 

approaches glass transition, short-chain-length 

material will undergo glass transition first, as the 

chains are less constrained.  It will therefore be seen 

that the glass transition envelope begins at a lower 

temperature.  It is also possible that the peak of the 

glass transition envelope (the glass transition point) 

will be lower if the degree of cure is less, however 

this will depend on the proportion of the resin that 

remains under-cured. 

 

Different testing frequencies can reveal important 

differences in the performance of the composite.  

Testing at a higher frequency is equivalent to 

testing at a lower temperature due to the principle 

of time/temperature superposition.  Differences in 

the glass transition envelope at higher frequencies 

can therefore be related to the mobility of the 

structure.  In essence we would expect to see the 

glass transition temperature increase when we test 

at higher frequencies.  We would also hope to see 

whether there are any effects at the end of the glass 

transition envelope.  
 

Figures 6 shows the glass transition traces for the 

samples tested at 100 Hz, this is typical of the tests 

undertaken at each frequency.  

 

Average glass transition temperatures at each 

frequency are shown in Table 1. 

 

Fig 6.  DMA traces for the samples cured for different times, tested at 100 Hz, showing the 

different glass transition envelopes. 
 

Table 1. Average glass transition temperatures for each cure schedule at each of the tested frequencies 

 

Frequency (Hz) Average glass transition temperature (°C) 

 Oven 8 minutes 16 minutes 30 minutes 60 minutes 

1 178 186 183 187 196 

10 200 195 192 195 203 

100 217 203 206 205 210 

ICCM19 2533



 

It is readily apparent that the sample electrically 

cured for 8 minutes displays an envelope that starts 

to increase from approximately 40°C and 

progressively rises before a peak forms at 

approximately 200°C.  This gradual slope indicates 

that there is significant low molecular weight 

material present in the composite cured under this 

regime.  

Considering the sample cured for 16 minutes, the 

envelope closely follows that of the oven-cured 

specimen with a fairly broad peak in the glass 

transition envelope suggesting a minor peak at 

between 140°C and 160°C and the major peak at 

approximately 200°C. When a cure of 30 minutes 

or 60 minutes is conducted, the secondary peak at 

approximately 150°C disappears and the main glass 

transition shifts slightly higher to approximately 

210°C suggesting that cure is more complete than 

in the oven cured specimen and also in those cured 

for less time. 

Energy consumption in electric cure 

From these results it is readily apparent that it is 

possible to cure composites using directly applied 

electric current.  However, the question arises as to 

whether it is energy efficient to do so.  Taking 

preliminary data for the cure of composites using 

directly applied electric current, the following 

analysis can be performed to determine the power 

per unit volume of composite.  This can then be 

compared to that required for oven cure to see if 

electric cure is worthwhile or not.  The results of 

this analysis are shown in Table 2.  In the analysis, 

it is assumed that the oven is curing the largest 

possible panel area (40 cm by 60 cm), with a 

thickness of 2mm, the heating rate is assumed to be 

2°C per minute and the cure time to be 2 hours 

(total time 170 minutes).  The electrically cured 

specimen size is taken to be that used in the actual 

process, as are the voltage and current values.  The 

cure time is taken as 40 minutes, which consists of 

the ramp time (10 minutes) plus the 30 minutes cure 

time. 

 

From this analysis it is apparent that the direct 

application of electrical current has the potential to 

save significant power over conventional cure 

processes.  It should be noted, however, that the 

principle saving in power is in the saving of time by 

shortening the cure process.  In terms of the power 

per unit volume, the figures are relatively similar.  

However, the necessarily slow temperature ramp of 

the oven, at 2°C per minute, and the 2 hour cure 

time, mean that the overall power consumption of 

the oven cure is approximately 3 times the power 

used in the electrical cure process. 

 

Faster ramp rates are possible with electric cure as 

the heat is created within the composite, so the 

whole thickness of the composite quickly comes to 

temperature. In the case of oven cure, the 

temperature rise in the panel is controlled by 

convection within the oven and conduction from the 

surface of the composite in to the centre.  As this is 

a slow process, slow ramp rates are required to 

ensure that cure occurs uniformly through the 

thickness.  The ramp rates possible with direct 

electric cure of the composite are akin to those that 

can be obtained using the Quickstep™ process, 

where only conduction within the resin limits the 

ramp rate.  With this technique ramp-rates of >10°C 

per minute have been shown to be possible and 

indeed to have little effect on the properties of the 

finished article.  It is therefore likely that the same 

will be true for the electrical cure process, although 

this needs to be verified. 

 

 

If verification of mechanical properties shows that 

fast ramp rates are possible, the opportunity for 

energy saving with electrical cure are significant, 

making the process financially and environmentally 

desirable. 

 

 

 

Table 2. Showing the power consumption of the optimised electrical cure process and the oven cure 

process 

 

 Sample volume 

(cm
3
) 

Voltage (V) Current (A) Total power 

(Wmin) 

Power per unit 

volume 

(Wmin/cm
3
) 

Electric cure 5.88 3.5 11.5 1610 274 

Oven cure 480 240 10 408000 850 
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4. Conclusions 

Cure of composites by the direct application of 

electric current to the fibres is a practical production 

technique for laboratory-scale specimens.  

However, the connection procedure needs to be 

optimised to ensure uniform heat distribution. 

 

Such specimens can have degree of cure similar to 

those obtained by conventional cure methods 

according to manufacturers recommended 

schedules. 

 

The cure can occur in substantially less time due to 

removal of ramp-rate restrictions as the path-length 

for conduction is greatly reduced. 

 

Using this approach, the energy consumption for 

cure of the composite can be significantly reduced. 
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1 Introduction

In many engineering applications fiber-reinforced
composite structures are often subjected to extreme
loading conditions such as impact, thermal shock,
thermal cycles etc. In the event of impact loading,
the energy which is in excess of the energy required
for the creation of new crack surfaces, is dissipated
as heat. This may result in a substantial increase in
local temperature near the crack tip region. This inter-
nal heat generation process can significantly influence
the mechanical response of the material and results in
further degradation of material strength and stiffness
[1]. Moreover, presence of cracks in a solid hinder
the flow of temperature within the solid, consequently
affecting the temperature profile and thermal strains.
As a result the composite response may be affected
significantly.

In the experimental study of [2,3], graphite-epoxy uni-
directional laminates were subjected to impact. The
formation of localized heated zones were observed
near the crack surfaces. The temperature rise was
about 70oC and was attributed to frictional sliding of
the crack faces. Similar impact tests were performed
on brittle polymers by [4] and it was observed that
the localized increase of temperature in crack-tip re-
gion, due to dissipative processes during fracture, in-
fluenced the energy release rate of the crack and con-

sequently, the crack propagation speed. Numerical
analysis of such coupled multi-physics problems in-
cluding crack growth, requires the use of efficient and
reliable computational tools, which are able to capture
the rate effects and predict the strength of composites.

The aim of this study is to present a comprehensive
coupled thermo-mechanical finite element model for
the analysis of damage growth in fiber-reinforced lam-
inated composite plates subjected to impact. This is
achieved through a coupled equation of motion and
energy equation accounting for the effects of cohesive
interfaces, inertia and heat conduction. In order to
properly model different fracture modes and their in-
teraction, a discrete fracture approach is used to model
damage processes such as inter-laminar and intra-
laminar damage in fiber-reinforced laminated com-
posites. Moreover, the presence of inter- and/or intra-
laminar cracks in a laminate causes obstructions in the
flow of heat and thus results in a discontinuous heat
flow across the crack. This behavior is also modeled
using a discontinuous finite element approach.

One of the preferred computational paradigms to
model mesh independent discontinuities within the
framework of finite element method, is the Partition-
of-unity approach [5]. In the present work, the
Partition-of-unity approach is exploited not only to
model discontinuities in the displacement field but

ICCM19 2536



also to model discontinuities in the temperature and
heat flux fields. As a consequence, it is possible to
simulate both adiabatic as well as isothermal cracks,
propagating independently of the finite element mesh.
This is achieved within the framework of the phan-
tom node method [6], which results in an efficient and
robust finite element implementation.

2 Thermo-mechanical discrete damage model

2.1 Balance of linear momentum

Consider a body with domain Ω crossed by an inter-
nal boundary (crack) Γc with unit normal nc, figure 1.
The balance of linear momentum in the current con-
figuration is given as∫

Ω
(∇ · σ + b) = 0 (1)

in which σ is the Cauchy stress tensor, b is the body
force and ∇ is the gradient with respect to current con-
figuration.

To simulate mesh independent matrix crack-
ing/splitting in individual plies of the laminate, the
phantom node method [6] is exploited. The idea is
to replace the cracked element, with domain Ωelem,
with a pair of partially active overlapping elements
with domains Ωelem

A and Ωelem
B , respectively, such

that Ωelem = Ωelem
A ∪ Ωelem

B . The superscript elem
represents a particular element in a finite element
mesh crossed by a discontinuity.

Fig. 1. Body Ω = ΩA ∪ ΩB crossed by a crack Γc

The displacement field u of a cracked element is given
as

u(x) =

{
uA(x) ∀x ∈ ΩA

uB(x) ∀x ∈ ΩB
(2)

The displacement jump JuK over the crack is defined
as the difference of the displacement fields of the two
elements

JuK(x) = uA(x)− uB(x) ∀x ∈ Γc (3)

At the crack, the continuity condition tc/A =
−tc/B = −tc has to be satisfied. Moreover, under the
assumption of small deformations at the interface, the
unit normal at the interface can be uniquely defined as
nc/A = −nc/B = −nc.

By applying a standard Galerkin procedure to equa-
tion (1), the following weak form of balance of linear
momentum is obtained∫

ΩA

ρδuA · üA +

∫
ΩA

δεA : σA +

∫
Γc

δuA · tc

−
∫
Γt,A

δuA · t−
∫
ΩA

δuA · b = 0 (4a)∫
ΩB

ρδuB · üB +

∫
ΩB

δεB : σB +

∫
Γc

−δuB · tc

−
∫
Γt,B

δuB · t−
∫
ΩB

δuB · b = 0 (4b)

2.2 Balance of energy

The energy balance for material exhibiting plasticity
is given as∫

Ω
ρCpθ̇ −

∫
Ω
σ · ε̇p −

∫
Ω
ρs+

∫
Ω
∇q = 0 (5)

in which θ is the temperature field, Cp is the specific
heat, ε̇p is the plastic strain rate due to fibre failure,
ρ is the current density, s is the heat power per unit
mass and q is the heat flux. In the above equation, it is
considered that the thermo-elastic contribution on the
internal work is small and a major part of the plastic
work, due to fibre failure and/or other failure mech-
anisms such as shear nonlinearity, is converted into
heat.
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The temperature field in a cracked element is defined
as [7]

θ(x) =


θA(x) ∀x ∈ ΩA

θB(x) ∀x ∈ ΩB

θc(x) ∀x ∈ Γc

(6)

Note that, independent definitions of the temperature
field on both sides of the crack allows to model a dis-
continuity in the temperature field across the crack
surface. After applying the weighted test function δθ,
the weak form of energy equation takes the form∫

Ω
δθρCpθ̇ −

∫
Ω
δθ(σ · ε̇p)−

∫
Ω
ρδθs

+

∫
Ω
δθ∇q = 0 (7)

In particular, the divergence term in equation (7) can
be expanded by means of integration by parts and ap-
plying the divergence theorem∫

Ω
δθ∇q = −

∫
Ω
∇δθ : q+

∫
Γq

δθ(n · q)

+

∫
ΓA
c

δθA(nA · qA) +

∫
ΓB
c

δθB(nB · qB) (8)

= −
∫
Ω
∇δθ : q+

∫
Γq

δθQ

+

∫
ΓA
c

δθAQA +

∫
ΓB
c

δθBQB (9)

ΓA
c and ΓB

c are the crack surfaces corresponding to
domains ΩA and ΩB , respectively. Substituting equa-
tion (9) in equation (7) and then exploiting the addi-
tive property of integrals, equation (7) can be written
as two independent energy balance equations for the
domains ΩA and ΩB as∫
ΩA

δθAρCpθ̇ −
∫
ΩA

δθA(σ · ε̇p/A)−
∫
ΩA

∇δθA : q

+

∫
ΓA
c

δθAQA −
∫
ΩA

δθAρs+

∫
ΓA
q

δθAQ = 0 (10)

∫
ΩB

δθBρCpθ̇ −
∫
ΩB

δθB(σ · ε̇p/B)−
∫
ΩB

∇δθB : q

+

∫
ΓB
c

δθBQB −
∫
ΩB

δθBρs+

∫
ΓB
q

δθBQ = 0 (11)

Note that we do not enforce the continuity of flux
across the crack surface, i.e

QA 6= −QB (12)

which otherwise would have been resulted in a formu-
lation similar to [8]. As a result of non-enforcement
of continuity of heat flux at the interface and by the
virtue of defining an interface temperature θc (equa-
tion 6), it is possible to model a discontinuity in the
heat flux field in addition to the discontinuity in the
temperature field.

The heat flux through an interface is defined as

QA = −kc

(
∂θA
∂nc

)
ΓA
c

= −kc(θc − θA) (13a)

QB = −kc

(
∂θB
∂nc

)
ΓB
c

= −kc(θc − θB) (13b)

in which kc is the interface conductance coefficient.
The explicit form of kc depends upon the effect of the
crack bridging, damage at the interface, displacement
jump, crack surface roughness etc. For more details,
see for example [8].

The interface temperature, θc, can be obtained through
the assumption of energy balance at the interface and
is given as

θc =
t · Ju̇K
2kc

+
θA + θB

2
(14)

Note that, the first term in equation (14) is responsi-
ble for heat generation at the interface due to interface
dissipation.

3 Constitute equations

The bulk material response is considered to be linear
elastic. The stress-strain relation is given as

σ = C : (ε− εθ) (15)
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in which C is the fourth-order material tangent stiff-
ness tensor with

[C]−1 =



1
E1

−ν21
E2

−ν31
E3

0 0 0
−ν12
E1

1
E2

−ν32
E3

0 0 0
ν13
E1

−ν23
E2

1
E3

0 0 0

0 0 0 1
G12

0 0

0 0 0 0 1
G23

0

0 0 0 0 0 1
G13


(16)

in which C is the matrix form of tensor C, obtained
using Voigt notation. The subscripts 1,2 and 3 denote
the orthogonal axes of the principal material coordi-
nate system. εθ is the thermal strain tensor and is con-
sidered to be purely volumetric. The thermal strain
tensor in Voigt notation is given as

{εθ} = {α1θ, α2θ, α3θ, 0, 0, 0}T (17)

in which α1, α2 and α3 are linear coefficients of ther-
mal expansion in material principle directions.

The constitutive assumption for heat conduction is
given by Fourier′s law as

q = −k∇θ (18)

in which the matrix k is the conductivity matrix given
as

[k] = diag[k1, k2, k3] (19)

k1, k2 and k3 are thermal conductivities in material
principle directions.

An exponentially decaying cohesive constitutive law
is used to model cohesive cracking. The traction vec-
tor tc is defined as

tc = (1− ω)for (20)

where r is a unit vector in the direction of the opening
displacement, fo is the magnitude of peak tractions
in the mixed mode. The mode-mixity is taken into
account by the Benzeggagh-Kenane mode-mixity cri-
terion [9]. ω is a damage variable which varies from
0, the undamaged state, to 1, the fully damaged state.
The damage variable ω, is defined as:

ω = 1− exp(1) ·
( JuKJuKo

)
· exp

(
− JuKJuKo

)
(21)

in which JuKo is the magnitude of displacement jump
corresponding to peak traction fo.

4 Numerical examples

In this section different numerical examples are pre-
sented to demonstrate the validity and salient features
of the discontinuous thermo-mechanical model.

4.1 Edge crack under constant heat flux

To validate the proposed numerical model, a square
unidirectional plate with an edge crack is considered,
figure 2a. The fiber orientation is in the direction of
y-axis.

The plate is modeled with orthotropic mate-
rial properties with E1=25E4MPa, E2=E3=1E4MPa,
G12=12.5E4MPa, ν12=0.25, ν23=0.25, k1=1.65E-
4W/(mC), k2=k3=2.46E-6W/(mC), α1=-0.3E-6C−1,
α2=α3=30E-6C−1.

The plate is subjected to a uniform temperature θo =
-22oC on the top surface, while the temperature at the
bottom surface is prescribed as 0oC. The plate is dis-
cretized with a finite element mesh of 52x52x1 solid
elements.

The exact solution for temperature distribution is
given by θ = y

100θo. The numerical result in the form
of temperature distribution is presented in figure 2b.
The numerical result is in agreement with the exact
solution. It is also evident that the presence of a crack
did not affect the temperature field.

4.2 Adiabatic cracking

A unidirectional edge cracked plate is analyzed to see
the performance of the thermo-mechanical model in
simulating mesh-independent adiabatic cracking phe-
nomena. Model geometry and boundary conditions
are shown in figure 3a. The material properties and fi-
nite element mesh discretization is the same as used in
section 4.1. To simulate adiabatic cracking the plate is
subjected to a uniform temperature θo = 22oC on the
right edge and the temperature at the left edge is 0oC,
figure 3a. Figure 3b shows the temperature distribu-
tion for the case in which the fibre direction is parallel
to the y-axis. Figure 3c shows the temperature dis-
tribution for the case in which the fiber direction is
parallel to x-axis. Figures 4a and 4b show the tem-
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(a) (b)

Fig. 2. Edge crack under constant heat flux, (a) model geometry and boundary conditions (All dimensions in mm),
(b) analysis result: temperature distribution

perature distribution on two faces of the crack along
the crack line for the two cases. It can be observed
from the analysis results that the discontinuity in the
temperature field is properly modeled. The difference
in temperature field on both sides of the crack is sig-
nificant for the case in which the fiber orientation is
perpendicular to the direction of the crack (figure 3c)
compared to the case in which the fiber orientation is
parallel to the crack ( figure 3b). This is due to a high
thermal conductivity in the fiber direction.

To show the capability of the model for inclined
cracks, a unidirectional plate with an inclined crack
is considered. The geometry and boundary conditions
are shown in figure 5a. The fiber direction is at an an-
gle of 105o with the x-axis. Note that the initial crack
is also along the fiber direction. The analysis is per-
formed with the same finite element mesh as used in
section 4.1. Figure 5b shows the result of the analy-
sis in the form of a temperature distribution. Figure 6
shows the temperature distribution on two faces of the
crack.

4.3 Isothermal cracking

A square unidirectional edge cracked plate is consid-
ered to simulate isothermal cracking. The model ge-
ometry and boundary conditions are shown in figure
7a. Fiber orientation is parallel to the y-axis. To sim-

ulate isothermal cracking, rate of interface dissipation
(t · Ju̇K) is given as an input in this example. However,
it is to note that in real simulations this is not the in-
put. In real simulations this is computed from the me-
chanical part of the equilibrium. This will be demon-
strated in the next section. In this example a constant
rate of dissipation (2.0E-5Nmm−1s−1) is prescribed
along the crack surface.

Figure 7b shows the analysis result in the form of
temperature distribution. Temperature distribution on
two faces of the crack is shown in figure 8. It is ev-
ident from the figure that the discontinuous thermo-
mechanical model is also able to simulate a weak dis-
continuity in the temperature field.

4.4 Edge-notch plate under impact

To demonstrate the capability of the thermo-
mechanical model to simulate heat generation during
damage growth under impact loading, an edge-notch
plate is considered. The geometry and boundary con-
ditions are shown in figure 9a. The plate is modeled
with isotropic material properties: E=200.227GPa,
ν=0.25, k=15W/(mC), α=1E-5C−1, ρ=7830Kgm−3,
Cp=50J/(KgC).

The plate is subjected to two different velocities, v =
1E0mm/s and 1E2mm/s. Integration in the time do-
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(a) (b) (c)

Fig. 3. Edge crack under adiabatic conditions, (a) model geometry and boundary conditions (All dimensions in
mm), (b) temperature distribution in a laminae with fibre orientation along y-axis, (c) temperature distribution in a
laminae with fiber orientation along x-axis

main is performed with the Newmark constant aver-
age acceleration method.

Figure 9b and 9c show the results of the analyses.
The figures depicts the temperature distribution at u
= 0.065mm. It can be observed from the figures that a
bulb of heat is generated along the crack surface due
to dissipative processes during fracture. It can also be
observed that with the increase in impact velocity the
temperature rise is larger, figure 9c. Moreover, as the
impact velocity becomes larger, the heated area be-
comes smaller. This is due to the fact that at higher
rates of loading adiabatic conditions prevail and the
effect of heat conduction is negligible over the domain
of the plate.

Figure 10 compares the load-displacement curves
for two analyses cases. Integrating the area un-
der the curves show that the energy dissipated is
73.7077Nmm for v=1E0mm/s and 74.8159Nmm for
v=1E2mm/s. This is in close agreement with the
fracture energy multiplied with the width of the
plate (excluding the length of the notch), which is
72.7950Nmm. The excess dissipated energy in the nu-
merical results can be attributed to the rate effects due
to inertia and thermo-mechanics.

5 Concluding remarks

A discontinuous, coupled thermo-mechanical model
for fibre reinforced composite plates is presented. The
model is able to simulate mesh-independent disconti-
nuities in the displacement, temperature and heat flux
fields. The discontinuity is incorporated using the
phantom node method which allows efficient finite el-
ement implementation. Numerical results show that
the thermo-mechanical model is capable of simulat-
ing mesh-independent isothermal and adiabatic crack-
ing in FRP laminates. The model properly takes into
account the damage growth under coupled thermo-
mechanics. Moreover, the model is also able to cap-
ture thermally induced rate effects.
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Fig. 4. Temperature distribution on two faces of the crack, (a) temperature distribution with fibre orientation along
y-axis, (c) temperature distribution with fiber orientation along x-axis
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Fig. 5. Inclined edge crack under adiabatic conditions
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Fig. 7. Isothermal cracking in a unidirectional laminae
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Fig. 9. Edge-notch plate under impact; (a) model geometry and boundary conditions (All dimension in mm), (b)
temperature profile for v = 1E0mm/s, (c) temperature profile for v = 1E2mm/s
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction and Scope 

Damage onset and evolution are essential factors 
governing failure and lifetimes in composites such 
as short glass fiber reinforced polypropylene (sgf-
PP). The main micro-mechanisms of failure can 
either be attributed to the matrix (i.e. shear yielding, 
crazing and micro-cracking), the matrix-fiber 
interface (debonding and fiber pull-out) or the fiber 
itself (fiber breakage). Several experimental 
approaches are suggested in literature to characterize 
these damage micro-mechanisms in terms of the 
onset and the kinetics of damage evolution. These 
include acoustic emission measurements, volume 
strain determination, modified versions of tensile/ 
compression experiments (multi-cycle tests, 
isocyclic stress-strain curves), SEM in-situ 
experiments, fractography and combinations thereof 
(i.e. [1-3]). 
As a detailed understanding of the micro-
mechanisms governing damage evolution in sgf-PP 
materials is of prime importance for failure and 
lifetime assessment utilizing modern simulation 
techniques based on finite element methods and 
micro-mechanics concepts, various experimental 
methods were used in this paper to detect and study 
the micro-mechanisms of failure in sgf-PP under 
tensile loading. Hence, acoustic emission 
experiments and volume strain measurements in a 
monotonic loading mode and two-cycle tensile tests 
were performed, and the results are compared and 
interpreted based on fracture surface observations by 
SEM. The specific focus in this paper is on the effect 
of fiber orientation on the micro-modes of failure.  

2 Experimental 

Polypropylene (PP) with 32 m% fiber content and 
three fiber orientations (0°, 45° and 90°) was 

investigated. The specimens were injection molded 
in a specially designed glass fiber multi-tool 
allowing for a high and uniform fiber orientation. 
The fiber orientation function and fiber length 
distribution were assessed by computer tomography. 
First, two-cycle tensile tests were performed (see 
Fig. 1). During this test the specimen is loaded to a 
certain pre-strain in the first cycle, then unloaded 
and held at zero force for 6h, and then again loaded 
to ultimate failure in the second cycle. The moduli 
of the two cycles are compared and the residual 
strains evaluated.  
Second, while performing tensile tests, acoustic 
emission measurements were conducted with a 3-
channel measuring system of the type AMSY-4 
(Vallen-Systeme; Icking, D). In the data analysis, all 
signals below 40 dB were filtered out. Details on test 
set-up and data recording are given elsewhere [2]. 
The data were evaluated in terms of the cumulative 
energy of the acoustic signals, which is a function of 
the amplitude and the signal duration. Here a 
predefined threshold value of 5% was taken as an 
indicator for damage onset. Furthermore, the 
distribution of the amplitude of the detected signals 
was analyzed.  
Third, volume strain measurements during tensile 
tests were performed with a 3D Digital Image 
Correlation (DIC) system (Aramis; Gesellschaft für 
optische Messtechnik mbH; Braunschweig, D). The 
volume strain can be calculated by the combination 
of the Hencky strains in the three principal 
deformation axes. Details on data analysis are 
provided in [3]. For the 0° specimen, identical 
values for the contraction may be assumed in the 
width and the thickness direction of the specimen. 
For the 45° and 90° specimens, all three major 
strains were assessed.  
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All tensile tests were carried out at room 
temperature and at a strain rate of 0.001 s-1. For 
selected fracture surfaces, SEM investigations were 
performed to illustrate the main micro-modes of 
failure.  

 
Fig. 1: Illustration of two-cycle test method. 

3 Results and Discussion  

As expected, values for modulus and the tensile 
strength were found to decrease with increasing 
angle between loading axis and fiber orientation (see 
Fig. 2). The exact fiber orientation tensors and 
corresponding orientation ellipses are given in 
Fig. 3(a).  
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Fig. 2: Mechanical properties as a function of the fiber 

orientation.  
 
In terms of ultimate failure, different mechanisms in 
the micro-modes of failure are visible on the fracture 
surfaces for the three orientations investigated (see 
Fig. 3(b)). Specifically, matrix deformation on the 
90° fiber orientation fracture surface is significantly 
more ductile, probably due to void formation at the 
fiber-matrix interface and fiber-matrix debonding in 
early stages of deformation and subsequent local 
stretching of the interfiber matrix regions in a plane 

stress mode [4]. By comparison, matrix failure in the 
0° and 45° orientated specimens appears 
considerably more brittle, with the 0° fracture 
surfaces exhibiting a certain amount of fiber pull-out, 
while failure in the 45° specimens occurs in planes 
along the fiber orientation most likely shear. A 
closer look on these fracture surfaces at the 
mechanisms of fiber-matrix interfacial failure 
reveals that the mechanical separation actually takes 
place at some distance away from the fiber surface, 
as all of the fibers are still covered with a thin layer 
of polymer (Fig. 4). This is, of course, a sign of good 
fiber-matrix adhesion.  
 
 

 
 

 
 

 
(a)                                          (b) 

Fig. 3: (a) SEM pictures of 0, 45 and 90° oriented sample 
(200x) and (b) the corresponding orientation 
tensors and ellipses. 
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COMPARISON OF METHODS TO CHARACTERIZE DA MAGE ONSET 
IN SHORT GLASS FIBER FILLED POLYPROPYLENE  

  
Fig. 4: Good fiber-matrix adhesion (exemplary for 0 and 

45° sample, 1000x).  
 
While the tensile test results, described above, were 
generated in a single monotonic loading mode up to 
failure, specifically designed 2-cycle tests offer an 
opportunity to better assess the damage evolution 
prior to ultimate failure. In this context, several 
authors suggested using the changes of macroscopic 
properties (i.e. modulus, Poisson´s ratio or the 
dimension) as a function of the loading history (i.e. 
prestrain) to investigate damage onset and evolution 
[5-7].  
The results of the 2-cycle test are shown in Fig. 5(a) 
in terms of the relative E-modulus, defined as the 
ratio E(cycle 2)/E(cycle 1), and the residual strain 
after relaxation as a function of the applied prestrain 
(curves in this diagram correspond to a polynomial 
fit of the data). Considering the inherent data scatter, 
a reduction in E-modulus of 5% corresponding to a 
relative E-modulus of 0.95 was defined as damage 
threshold criterion, resulting in strain onset values of 
0.8, 1.6 and 1.1 % for the 0°, 45° and 90° specimen, 
respectively. Apparently, the 0° and the 90° 
normalized moduli seem to deteriorate at 
significantly lower values of deformation than 45° 
moduli. A similar trend can be observed for the 
residual strain. In interpreting these findings, one 
must consider that the ultimate strain values of the 
45° specimens are also higher than for the 0° and 
90° specimens.  
Hence, the data of Fig. 5(a) are replotted in Fig. 5(b) 
as a function of the normalized strain defined as the 
ratio ɛ1/ɛ2, where ɛ1 is the prestrain of the first loading 
cycle and ɛ2 corresponds to the average strain-at-
break from standard tensile tests. Interestingly, in 
terms of relative modulus values the 90° specimens 
depict the most substantial deterioration, while in 
terms of residual strains the 45° specimens exhibit 
the highest values. With regards to micro-
mechanisms of deformation this presumably reflects 
the enhanced tendency for micro-voiding, debonding 
and/or micro-cracking in the 90° specimens, while 

the 45° specimens may be more prone to plastic 
deformation modes up to higher strains prior to the 
occurrence of debonding and/or micro-cracking. 
In concluding this section it should be remarked, that 
independent of the fiber orientation irreversible 
deformation mechanisms (plastic matrix 
deformation, void formation, debonding and micro 
cracking) are observed even at very small values of 
prestrain of about 0.5-1%. In other words, the 
inhomogeneous inner material structure and the 
modulus mismatch of fiber and matrix apparently 
lead to local strain magnifications initiating these 
deformation mechanisms even at low values of 
overall specimen strain.  
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Fig. 5: The relative modulus reduction and the residual 

strain as a function of (a) the applied prestrain and 
(b) the applied prestrain scaled to the ultimate 
strain.  
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In good agreement with the mechanical 2-cycle 
experiments described before, acoustic emission 
tests also provided a clear indication of damage 
mechanisms at early stages of deformation in tensile 
tests.  
Figure 6(a) depicts the stress-strain curves for the 
three specimen orientation along with the 
corresponding cumulated acoustic signal energy also 
versus the mechanical strain. The 90° specimens are 
characterized by a more or less continuous increase 
in the AE signal energy up to strains of 3% above 
which the signal energy increases more sharply. In 
contrast the 0 and 45° specimen reveal a more 
moderate increase in the AE signal energy at low 
strain levels, but then rise more sharply at strain 
levels of 1.5% in the case of the 0° specimens and 
2.2% in the case of the 45° specimen.  
By applying a 5% threshold criterion for the total 
accumulated acoustic energy as significant damage 
initiation criterion, the onset values for the different 
orientations can be compared in terms of strains and 
stresses (see also Fig. 6(a)). As to the onset strain 
values, the materials rank in the order 0° and 90° 
specimens being nearly equivalent at around 1.4% 
strain while the 45° specimens reach about 2% 
strain. Unfortunately these strain values in these 
experiments were measured as nominal strains 
(using the crosshead displacement) and can thus not 
be directly related to the strain values in the 2-cycle 
(discussed above) and the volume strain tests (to be 
discussed below). For this reason, the 5% AE energy 
threshold was also transformed into the 
corresponding stress levels, which allow for a more 
direct comparison with the other two experiments. 
As indicated again in Fig.6(a), the 5% AE energy 
threshold is reached in the 90°, 45° and 0° 
specimens at 10, 35 and 75 MPa, respectively. 
The cumulated overall amplitude distribution up to 
final failure is shown for the three orientations in 
Fig. 6(b). For all orientations, the highest signal 
intensity was detected for amplitudes below 
approximately 55 dB, a range which is attributed to 
matrix related deformation and cracking modes [8]. 
Considering the total distribution for each 
orientation, this range is particularly dominating for 
the 90° specimens, as one would expect. By 
comparison the signal distributions for the 0° and 
especially for the 45° specimens are considerably 
broader, indicating a more pronounced overall 

contribution of fiber-matrix debonding and fiber 
pull-out. 
In other words at least in general terms these 
observations also corroborate the findings and 
conclusions of the above described purely 
mechanical 2-cycle experiments. 
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Fig. 6: (a) Cumulated AE signal energy as a function of 

mechanical specimen strain and stress-strain curve 
with indication of 5% cumulated energy value (■), 
and (b) overall detected amplitude distribution up 
to final failure.  
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Figure 7(a) depicts the total volume strain and true 
stress values as a function of the true longitudinal 
strain. The total volume strain may be composed of 
a dilatational (pure Poisson´s ration effect), a 
deviatoric (pure shape change without volume 
change e.g. shear yielding) and a cavitational (e.g. 
void formation, crazing, debonding, microcracking) 
component [9]. The dilatational part, which is 
predominant in the low deformation regime, is due 
to hydrostatic tension in the stressed material and is 
directly related to Poisson´s ratio effects. For the 0° 
and 45° specimen, a linear dependence was found 
for the total volume strain versus the longitudinal 
strain up to about 2% (0.4% volume strain), 
indicating a pure Poisson controlled dilatational 
volume change. Above 2% true strain, non-linearity 
is observed particularly in the case of the 45° 
specimens as these are deformed to significantly 
higher true strain values, which also implies 
significantly higher total volume strain values prior 
to fracture. Thus total volume strain values prior to 
failure in 45° specimens of up to 1.6% are reached, 
whereas the corresponding value of the 0° specimen 
is about 0.6%. The 90° specimen reveals a very 
different behavior exhibiting non-linearity even at 
lower values of true strain, which becomes more 
pronounced as the deformation increases. Prior to 
fracture, at about 3.8% longitudinal strain, a total 
volume strain value of about 2.6% is reached. 
By subtraction of the calculated dilatational volume 
strain (based on pure Poisson´s ratio effects) from 
the measured total volume strain, the cavitational 
volume strain was determined, and the results are 
plotted in Fig. 7(b). In agreement with the previous 
remarks, hardly any cavitational component can be 
observed for the 0° specimen at least up to 1.5% true 
strain. In other words, here the deformation is indeed 
mostly governed by pure dilatational effects. This 
also agrees with the fracture surface observations in 
Fig. 3(a), which reveal only little indication for 
deviatoric or cavitational deformations in the matrix 
(fiber pull-out, as is observed in the fracture surfaces, 
is believed to occur in the very late stages just prior 
to or at fracture). 
For the 45° specimens the behavior up to 1.5% 
longitudinal strain is apparently rather similar to the 
0° specimens, again indicating a nearly pure 
dilatational volume change. Above 1.5% the 
cavitational contribution is seen to rise up to about 
0.6% at ultimate failure. The underlying 

mechanisms may be shear induced matrix-fiber 
debonding and the development of shear micro-
crack in the matrix. Indications for both mechanisms 
are to be observed on the fracture surface of 
Fig. 3(b). 
In contrast, the deformation behavior in the 90° 
specimen is governed by dilatational deformations 
only up to 1% longitudinal strain. At higher 
longitudinal strains significant cavitational 
deformation modes seem to develop which may 
even be disguised by the already occurring 
deviatoric response of the PP matrix at least at very 
high strain levels prior to ultimate failure. The latter 
assumption is based on the fracture surface 
observations in Fig. 3(b), which reveal a high degree 
of local ductility in the matrix deformation. 
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Fig. 7: True stress and (a) volume strain and (b) deviatoric         

and cavitational volume strain as a function of true 
strain.  
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Summary and Conclusions 

In the present paper three techniques to determine 
damage onset by cavitational deformation 
mechanisms were investigated and compared as to 
their applicability and limitations for sgf-PP of 
various fiber orientations. The experimental 
determination of damage onset depends on the 
technique applied, the damage onset criterion 
defined for the specific technique and on the 
inherent scatter of the experimental data. Thus it is 
not surprising that it is difficult to define accurate 
values for damage onset particularly in terms of their 
relevance towards longer structural integrity issues. 
Nevertheless, depending on the technique and the 
associated sensitivity criterion for damage onset 
selected, the various techniques allow for a more or 
less sound definition of damage onset strain or 
corresponding stress ranges.  
A comparison of the damage onset results of all 
techniques is depicted in Fig. 9 for the various fiber 
orientations. Thus the damage onset ranges were 
found to be roughly at 1-1.5% for the 0° specimens, 
around 1.5% for the 45° specimen and 
approximately 0.5-1% for the 90° specimen.  
Finally, further work is needed to investigate the 
above findings in terms of their relevance for 
component design and structural integrity 
assessment.  
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Fig. 9: Indication of damage onsets as measured and 
defined in the different methods. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction 

The need to reduce the weight of structures has led 

to an increasing use of composite materials in the 

aerospace industry. One advantage that composites 

can provide is the reduction of component count 

number through higher integration. This is achieved 

thanks to their near net shape manufacturing ability, 

which allows them to be produced in complex 

shapes and large sizes. For functional or assembly 

requirements, many composite components still 

need to be finished with high accuracy, using 

various material removal processes; among the 

latter, drilling and trimming processes are often 

used to produce holes and cut-outs as well as 

accurate edge finishing. To improve the quality of 

parts finished using machining techniques, it is 

essential to have an adequate knowledge of the 

machinability of composites. Several authors have 

developed experiments and models capable of 

predicting just such machinability. One of the main 

parameters often used to characterize the quality of 

machined surfaces is the cutting force during 

machining. Several scientific articles based on the 

trimming of carbon fibre/epoxy laminates have 

investigated cutting forces and the resulting quality 

of the machined surfaces [1, 2, 3]. As a result, the 

cutting tool geometry, as well as the machining 

parameters utilized, e.g., feed rate and cutting 

speed, for a given composite material are among the 

parameters that will directly influence the cutting 

force magnitude and the part quality. The study by 

Wang went further by showing the correlation 

between cutting forces and roughness after 

trimming [4]. This correlation highlights the interest 

of predicting cutting forces during machining as 

they affect the final surface quality.  

As a general rule, models developed based on 

experimental data analysis give better estimations 

of expected cutting forces than those established 

analytically or numerically. For example, Rusinek 

used machining experiences based on unidirectional 

carbon fibre laminates to develop a mathematical 

model that can predict cutting forces [5]. His model 

produced interesting results, with a correlation of 

around 86% with experimental data. Bérubé [6] and 

Zaghbani et al [7] also based their study on 

experimentations, but considered quasi-isotropic 

carbon fibre laminates with varying thicknesses. To 

establish their mathematical models, the authors 

combined influential parameters, e.g., feed rate, 

cutting speed and thickness, and developed their 

models with a correlation of 85 to 90% with 

experimental data. Most studies (theoretical, 

experimental or based on numerical simulation) 

lead to similar conclusions regarding influential 

parameters. The fibre orientation, the feed rate and 

the cutting speed seem to influence mostly the 

cutting forces. However, models do not correlate to 

the point where cutting forces can be predicted with 

a high confidence level. To improve mathematical 

models, several possibilities can be considered, 

such as combining all known influential parameters 

into a single study or looking for influential 

parameters that are yet to be fully developed in the 

literature.  

The pressure applied during the curing of composite 

materials greatly affects the quality of finished 

parts. For example, it is well known that a low 

pressure leads to high void content. Olivier studied 

the influence of pressure during curing on the 

composite void content [8]. His experiment, based 

on a study of carbon fibre laminates ([0°16]), 

allowed him to establish a relationship between 

pressure in the autoclave and void content (Fig. 1.). 

He observed an exponential decrease in void 

content   with  increasing   pressure.   Later,  Ling  
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Fig. 1. Void content as a function of curing pressure in 

autoclave [8] 

 

repeated the experiment on another kind of carbon 

fibre/epoxy laminate ([0°/90°]3s), using a more 

accurate vacuum hardware detection system [9]. He 

refined the model developed by Olivier and 

confirmed the existence of an exponential 

relationship between pressure and void content. 

The mechanical properties of the composite are 

obviously affected by the void content. For 

instance, Ghiorse highlighted the relationship 

between void content and Interlaminar Shear 

Strength (ILSS) for carbon fibre/epoxy laminates 

[10]. Then, several authors [8, 11, 12] confirmed 

Ghiorse’s conclusions and refined the experimental 

results (especially for low values of void content) 

by using a non-destructive measurement system 

such as ultrasound. Finally, Bhatnagar showed the 

influence of the mechanical properties of the 

material on cutting forces [13]. In his experimental 

study based on the trimming of carbon fibre/epoxy 

laminate, he linked the ILSS to cutting forces.  

These three findings are interesting because they 

seem to link the pressure applied during the curing 

of a laminate and the machining cutting forces. To 

try to improve the prediction of cutting forces, this 

research aims to experimentally analyse the 

combined effect of cutting parameters (feed rate 

and cutting speed) and vacuum pressure during the 

curing of carbon fibre laminates on composite 

machinability, which is expressed in terms of 

cutting forces (Fig. 2.). 

 

 
Fig. 2. Input-Output diagram 

2 Methodology 

This study is exclusively based on the analysis of 

experimental data. Carbon fibre/epoxy laminates 

were first manufactured using various curing 

pressures.  The plates were then machined using 

various cutting parameters (feed rate and cutting 

speed), and a Pareto ANOVA analysis was 

conducted in order to investigate the potential links 

between curing pressure and the composite 

machinability. 

 

2.1 Manufacturing 

Laminates were made using 12 unidirectional 

carbon fibre plies and epoxy with lay-up [90°/-

45°/45°/0°/45°/-45°]S. The carbon fibre was 

impregnated with the epoxy resin using the wet lay-

up process and cured at a temperature of 22°C for 8 

hours (Fig. 3.). Three 240 mm x 406 mm plates 

were produced (Fig. 4.). The vacuum pressure (Pvac) 

used during curing was 0.39, 0.11 and 0.7 bars for 

plates 1, 2 and 3, respectively. A one-week post-

cure at a temperature of 22°C and pressure of 1 bar 

was then performed.  

To prepare the test coupons, each of the three 

composite plates was cut into two 102 mm x 406 

mm plates, using a circular diamond saw. During 

manufacturing, several assumptions were made: the 

temperature was constant and equal to 22°C ± 1°C 

and uncertainty of measurement on vacuum 

pressure was estimated at ± 0.014 bars.  

 

 
Fig. 3. Vacuum setup 
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2.2 Trimming 

The composite plates were trimmed at three cutting 

speeds (N) and four feed rates (f) (Table 1), for a 

total of 12 machining conditions. Three repetitions 

were performed for each machining condition in 

order to reduce measurement errors and dispersion 

effects. Thus, 36 specimens were cut off for each 

pressure, for a total of 108 specimens (Fig. 4.). 

 
Table 1. Trimming parameters 

Cutting speed (rpm) Feed rate (mm/rev) 

6683 0.2032 

13366 0.254 

21720 0.400 

0.508 

 

The choice of cutting tool and machining 

parameters was made in keeping with the 

conclusions of Bérubé [6]: the cutting tool was a 

two-flute polycrystalline diamond (PCD) (Fig. 5.). 

All tests were performed with up-milling and dry 

conditions.  Every trimming test was conducted in 

the same environment (Fig. 5.), with a CNC 

(Computer Numerical Control) machine tool, the 

three-axis Huron K2X10. To characterize the 

machinability, cutting force components were 

measured for the 108 specimens in each direction 

(X, Y, and Z) with a three-axis Kistler 9255 type 

dynamometer table. The feed direction was along 

the X-axis. During the trimming tests, the cutting 

process parameters and cutting materials were the 

same for every specimen and tool wear effects on 

cutting forces were neglected. This last assumption 

was justified by the short length of cut during this 

experiment as well as the observations/results found 

with this particular tool in a previous study [6].  

Uncertainties during cutting tests are specified in 

Table 2. 

 

 
Fig. 5. Trimming setup 

 

 
 

Fig. 4. Trimming plan 
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Table 2. Trimming precisions 

 
Uncertainty of 

Measurements  

CNC 

machine tool 

f ± 0.0001 mm/tr 

Vc; N ± 0.001 m/s; ± 1 rpm 

Kistler table 

X-axis ± 2.6% 

Y-axis ± 2.95% 

Z-axis ± 2.9% 

 

The length of the specimens was selected based on 

the linear acceleration distance of the spindle. If the 

length was not long enough, expected cutting 

conditions could be effective only on 50% or 30% 

of the total specimen length. In this study, the 

dimensions of cut of the specimens was 50 mm x 

30 mm, resulting in 95% of the specimens being cut 

with desired cutting conditions (Fig.6). 

 
Fig. 6. Two specimens 

 

3 Cutting force analysis 

To analyse the cutting forces, the following 

methodology was selected. An average force 

representing the raw experimental data as 

accurately as possible was first estimated. Then, the 

forces were analysed in order to eliminate outlier 

data. Finally, a multivariable statistical analysis was 

carried out. 

 

 

3.1 Analysis of experimental data 

Experimental data was analysed with Matlab, using 

the following methodology (Fig. 7.): 

- An initial force corresponding to the first 

recorded value was defined (FX0, FY0, FZ0) 

- Another force defined the beginning of cutting 

(FXi, FYi, FZi) calculated from initial forces  

- The beginning of computation started after 10 

tool rotations (margin of safety)  

- Computation lasted for 20 tool rotations and 

consisted in averaging the absolute value of 

recorded forces. 

 3.2 Data selection 

In a second step, outlier data was eliminated. For 

this, the “time” plot (order in which the 

measurements appear, Fig. 8.) and box-and-

Whisker plot (Fig. 9.) were used. The two figures 

show the date before and after elimination of outlier 

data.  

It can be seen that “time” plots also show whether 

tool wear has a significant effect on the cutting 

forces, in which case, the latter would increase 

regularly. 

 

 

Fig. 7. Force analysis example 

 

 

 
Fig. 8. “Time” plots (FX) 
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Fig. 9. Box-and-whisker plots (FX) 

 

3.3 Results 

After outlier data were eliminated, a Pareto 

ANOVA analysis was conducted to determine a 

simple model based on our three input parameters: 

 

 f (mm/rev): feed rate  

 N (rpm): cutting speed 

 Pvac (bar): vacuum pressure during curing 

 

This analysis included 1
st
 and 2

nd
 degree inputs; for 

example, f
2
 or f*N was considered. It should be 

noted that only 2
nd

 degree input which have a 

physical meaning is considered; for example Pvac*N 

is not included, but f*N, which represents the linear 

spindle speed, is included. 

Figure 10 shows the Pareto chart. This chart ranks 

factors which influence the output (FX) significantly 

in ascending order. In the Pareto charts 

subsequently presented, input parameters which do 

not have a significant effect (are below the limit of 

influence) or which do not have a physical meaning 

are not presented. Figure 11 shows the effect of 

each factor on the force component in the feed 

direction, FX. For instance, the feed rate and FX 

seem to be linked by a linear relationship. The 

following is the architecture of the mechanical 

model:   

 

 

    (                    
 )              

 

 
Fig. 10. Pareto chart, ANOVA analysis FX 

 

 
Fig. 11 Main effects Pareto chart, ANOVA analysis FX 

 

Table 3 shows the correlation between the 

experimental data recorded and the mathematical 

model which gives the best results after ANOVA 

analysis (equation 2). R² characterizes the 

correlation as it is the parameter used by ANOVA 

analysis to search and optimize the proposed model. 

The Durbin-Watson test gives an estimation of the 

residual autocorrelation. This indication shows 

whether another parameter not taken into account 

influences the cutting forces. 
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Table 3. ANOVA reports FX 

Characteristic 

quantities 

Proposed 

model for 

FX 

Target 

values 

R
2
 81.3% 95% - 100% 

Durbin-Watson test 1.59 2 ± 0.3 

 

The same approach is used for FY and FZ, and the 

results are shown in Figure 12, 13, 14 and 15 and 

Tables 4 and 5. 

 
Fig. 12. Pareto chart, ANOVA analysis FY 

 
Fig. 13 Main effects Pareto chart, ANOVA analysis FY 

 

    (           
 )             

 

Proposed model: 

                                   

             
                          

 

Table 4. ANOVA reports FY 

Characteristic 

quantities 

Proposed 

model for 

FY 

Target 

values 

R
2
 94.3% 95% - 100% 

Durbin-Watson test 1.98 2 ± 0.3 

 

 
Fig. 14. Pareto chart, ANOVA analysis FZ 

 

 
Fig. 15. Main effects Pareto chart, ANOVA analysis FZ 

 

                             
 

Proposed model: 

                                   

                                              
 

Table 5. ANOVA reports FZ 

Characteristic 

quantities 

Proposed 

model for 

FZ 

Target 

values 

R
2
 81.5% 95% - 100% 

Durbin-Watson test 1.24 2 ± 0.3 

 

An analysis of FY gives the best results. Values of 

characteristic quantities are close enough to allow 

this model to be used to predict FY. It is interesting 

to note that the vacuum pressure during curing does 

not influence the axial component of the cutting 

force (FZ), as opposed to the feed (X) and normal 

(Y) components. This may be explained by the low 

magnitude and variability of the axial force due to 

the null helix angle value of the cutting tool.  

To describe the effect of the curing pressure more 

precisely, several Pareto ANOVA analyses were 

conducted where the Pvac parameter was replaced 
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with a function of Pvac (e.g., Pvac
-1

, ln (Pvac), etc.). 

The results obtained are similar to those given by 

the first analysis, and as a result, it is therefore not 

possible to identify a better model. 

 

3.4 Comparisons 

Table 6 highlights the influence of the 

manufacturing parameter Pvac based on two 

analyses: the first takes into account the curing 

pressure Pvac and the second reproduces the setup 

used by S. Bérubé [6], in which Pvac is not taken 

into account. Thus, the three previous ANOVA 

analyses (FX, FY, FZ), which consider vacuum 

pressure Pvac as an input, are compared to three new 

ANOVA analyses (FX’, FY’, FZ’), which only 

consider cutting parameters (feed rate and cutting 

speed) without vacuum pressure. 
 

Table 6: Influence of Pvac on model correlation 

 Correlation: R² 
Influential 

parameters 
 

FX 81.2708 
f, N, N², f.N, Pvac, 

Pvac² With  

Pvac FY 94.2976 f, N, f², Pvac² 

FZ 81.4507 f, N, N², f.N 

FX’ 77.8892 f, N, N², f.N 
Without 

Pvac 
FY’ 91.2697 f, N, f² 

FZ’ 81.4507 f, N, N², f.N 

 

The new input (vacuum pressure) improves the 

correlation by about 3%. This improvement may 

seem negligible, but at this high level of correlation 

(80 to 90%), even a slight improvement can be 

considered important as it draws the three models 

closer to simple and sustainable predictive 

mathematical models. 

 

4. Conclusions 

This study confirms the conclusions of several 

authors on the correlation between cutting forces 

and cutting parameters (cutting speed and feed rate) 

[5, 6, 7]. This correlation is the basis of predictive 

models for each cutting component. Influential 

parameters are found to be the:  

 Feed rate: f 

 Cutting speed: N and N² (with constant tool 

diameter during the study) 

 Linear spindle speed: f*N 

 

The new conclusion which is highlighted in this 

study is the correlation between cutting forces (FX 

and FY) and curing pressure. It is shown that 

considering the pressure applied during curing can 

improve mathematical models, allowing a 

sustainable and predictive machinability model to 

be approached. Such a model predicting the cutting 

forces during machining provides significant 

advantages for manufacturers, including the 

prediction of tool wear and surface finish. To 

improve understanding of the effect of the curing 

pressure on composite machinability, experiments 

should be carried out on more levels of pressure on 

real aerospace grade materials, which will be 

covered in future work. 

 

5. Future work 

Future work will focus on the improvement of 

manufacturing methods: 

 Better precision of vacuum pressure; 

 Pre-impregnated composite fibres will be used; 

 More levels of pressure will be considered in 

the design of experiments. 

In addition, to bring the study closer to an industrial 

context, it would be interesting to change the 

manufacturing protocol for the composite plates 

processing. For instance, the use of an autoclave is 

recommended. 
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1. Introduction  

Variability in composite materials is directly related 

to both manufacturing process and raw materials. At 

each stage of manufacturing, new variables are 

introduced increasing the variability of the system. 

The effects of these variabilities depend on the scale 

which they are studied. For the structural analysis, 

the system response is assessed by acknowledging 

the dispersion in the materials properties [1]. 

However, a majority of the analyses are based on 

deterministic models which use elevated safety 

factors. As consequence, an increase in the weight of 

the structure is observed, thus negating the elevated 

strength to weight ratios anticipated for these 

materials. 

 

The research works that deal with variability in 

composites are oriented towards the characterization 

of the dispersion in the mechanical properties [2]. 

The data recollected are then used in stochastic 

models to predict the structural behaviour and to 

optimize the design. For the composite structure 

manufacturing, the works are oriented towards the 

reduction of uncertainties [3]. Nevertheless, a 

number of sources of variability cannot be reduced 

given that some of them depend on a previous 

manufacturing stage (e.g. the quality of the prepregs) 

or on restrictions in the actual fabrication process 

(e.g. complex geometries or budgetary constraints) 

[4]. Also, it is acknowledged that there is a shortage 

of real data for certain sources of variability; one of 

them is the ply misalignment.  

 

As recognized in literature, the sources of variability 

are strongly linked to the manufacturing of the 

composite. Thus, their identification and 

quantification must be performed on the actual 

fabrication process. In this study, a set of certain 

parameters are studied during the cure in autoclave 

of unidirectional (UD) prepregs of a carbon fibre 

reinforced plastic (CFRP). The sources of variability 

controlled are the following: 

 

- Variation in the mass per unit area (areal weight) 

of the prepregs. 

- Misalignment of plies during the manual lay-up 

process.  

- Effects of different vacuum bagging 

configuration in the CFRP plate.  

- The thickness in the total and individual ply of 

the cured plate.  

 

After the quantification of the aforementioned 

parameters, a database of the composite material is 

build in order to regroup all the sources of variability 

acquired during the CFRP plates manufacturing. 

Subsequently, this database will be used to provide 

the input parameters of a finite element analysis 

(FEA) model which will take into account the 

variabilities measured.  

 

2. Measurement of variability sources 

2.1 Materials 

In the course of this work, 12 CFRP plates have 

been manufactured. The plates have dimensions of 

615 x 300 mm and are made form a Hexcel 

Composites high strength carbon (CHS)/epoxy UD 

prepreg system, M10.1/38%/UD300/CHS. The 

plates have a 16 plies [90/-45/0/(+45)2/0/-45/90]s 

quasi-istropic stratification. For the manufacturing 

of the CFRP plates, 2 different lots of the prepreg 

have been used, R1 and R2. The plates are produced 

in 3 autoclave batches identified chronologically as 

A, B and C. 3 plates are produced in each autoclave 

batch A and B using the R1 material. For the batch 

C, 6 plates are made using R2. 
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In these experiments, the prepreg cutting and lay-up 

are both manual operations. The plates are placed 

onto a mould and prepared for the curing in 

autoclave. The vacuum bagging configuration used 

can indeed modify the properties of the cured plate. 

In batch A, the bagging was configured according to 

our experience with the UD prepreg M21/T700CG. 

This material is a quasi net preimpregnate system. 

This configuration uses a single layer of bleeding 

fabric and a perforated film between the plate and 

the breathing cloth. Since the resin M10.1 has a 

lower viscosity than that of the M21 (0.4 Pa.s in 

comparison to 1.0 Pa.s for the later) and a higher 

matrix content by weight (38% to 34 % of the M21), 

the single layer of bleeding fabric was not sufficient 

to contain the resin excess. Hence, the additional 

resin passed onto the breathing cloth. This cloth is 

essential to maintain a uniform application of the 

vacuum in all the composite parts. Therefore, the 

vacuum bagging configuration in batch B employed 

a double layer of bleeding material and the 

perforated separator film was changed to a 

microperforated one. This configuration has 

effectively blocked the additional resin flow form 

passing towards the breathing cloth. This 

configuration is also used for the batch C. The 

differences in the vacuum bagging configuration are 

represented in Table 1. 

 

2.2 Measurement methods  

During the manufacturing of the CFRP plates, a 

protocol for an orderly measurement of certain 

sources of variability is established. The first 

property identified is the mass per unit area of the 

UD prepreg. This property is an early indicator of 

the dispersion in the fibre and matrix volume 

fractions. For its determination, two methods are 

employed. The first method is the control of all of 

the prepreg plies before being laid-up into the 

composite plate. The implementation of this method 

as a systematic measurement is proven difficult due 

to the added uncertainties from material handling. 

Therefore, a second method is put in place in order 

to measure specimens randomly taken from the 

prepreg roll. The results show little difference in the 

mean and standard deviation of the areal weight 

between the first and the second method. The second 

method is preferred for the global control of the 

variability in the mass per unit area of the composite 

prepreg.  

 

The second source of variability identified is the 

misalignment of the plies associated to the manual 

lay-up of the UD prepreg. In order to measure this 

misalignment, a digital camera is placed 2m above 

the work zone, and is used to take images of the lay-

up sequence (cf. Figure 1). A calibration grid is used 

to correct the image distortion of the camera lens. 

Even though that the misalignments are issued form 

several factors, they are more likely to depend on the 

operator. This experiment permits the measurement 

of the actual misalignment in order to use real values 

associated to this property. Also, this method allows 

the identification of local defects and gaps in the 

prepregs dues to ply coalition. 

 

After the lay-up, the plates are placed into the 

autoclave for a typical cure cycle. The M10.1 is a 

resin that cures at 120 °C. The heating and cooling 

rates are maintained at 2 °C min
-1
. After the material 

polymerisation, the overall thickness of the CFRP 

plates is controlled by means of a coordinate-

measuring machine (CMM). Then, four plates 

coming form batches A and B are used to form 2 

technological evaluators each. The evaluators, which 

their dimensions are: with = 130 mm and 

length = 600 mm, are employed in a composite 

repair testing campaign [5]. After the tests, one 

evaluator coming from each autoclave batch is used 

to obtain 4 specimens having dimensions of 20 mm 

by 130 mm. A series of photographs of the cross 

section of the specimens are taken and then the 

images are post processed to measure the actual ply 

thicknesses of the composite plate. 

 

3. Results 

3.1 Mass per unit area 

During the fabrication of CFRP plates in batches A 

and B, all prepreg plies have been controlled by 

means of method 1, described in section 2.2, to 

obtain its mass per unit area (samples A and B). The 

prepreg plies used in the composite repair tests have 

been also measured by this method (sample DR). 

The areal weight for this material lot is 501.5 g m
-2
 

with a coefficient of variation (CV) of 1.6 %. The 

dispersion in this property is found to be in the 
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expected interval, slightly higher than that of an 

aeronautical material (i.e. a CV of 1% [6]). Then, a 

new sample of 35 specimens is controlled using 

method 2 (sample R1), under the norm ISO 10352. 

The specimens are randomly taken from the prepreg 

roll. The results employing this method are in good 

accordance with samples of A, B and DR samples 

taken with method 1, which observe an areal weight 

of 500.7 g m
-2
 and a CV of 1.1 %. The Figure 2 

shows the mean of the mass per unit area for each 

sample while the error bars show the confidence 

interval for the mean using a “t distribution” with a 

probability of 95%. 

 

For the lot R2, which is used to fabricate the plates 

of batch C, a sample of 10 elements is taken form 

random locations of the prepreg roll. This lot has an 

areal weight of 478.1 g m
-2
 with a CV of 2.25 %.  

 

A direct comparison of R1 and R2 shows evidence 

of statistical difference in the mean between the two 

samples (cf. Figure 3); meanwhile, their variances 

do not show a statistical difference. Even though that 

the controlled material have similar dispersion in 

their values of mass per unit area (approximately 

2 %), the difference between their mean values can 

lead to uncertainties in the manufacturing of 

composite structures that use two or more batches of 

raw materials. 

 

Finally the values obtained for the mass per unit area 

were verified by weighting the composite plates 

before the curing cycle. A difference between the 

actual plate weight and its calculated value is less 

than 2 % (cf. Table 2). 

 

3.2 Ply misalignment 

The lay-up of the prepreg plies is made manually, 

thus some uncertainties are generated while placing 

the plies to form the composite plate. Indeed, this 

operation is quite dependent on factors related to the 

operator, such as skill and fatigue. The ply 

orientation is measured in the images taken during 

the lay-up stage. The plates had to be removed from 

the work zone to be vacuum debulked after the 

collation of the first 8 plies and then replaced onto 

the grid to continue the lay-up of the last 8 plies. In 

order to have the same reference within a single 

plate, all measures are referenced to the 1
st
 ply at 90° 

(base ply). Figure 4 shows the ply misalignment for 

all plates. The measured misalignments are 

randomly distributed, with a range of values from -

1° to +1.5°. The overall positive rotation bias (cf. 

Figure 5) is explained by the fact that all the plies 

were laid-up using the same technique and same 

operators.  

 

3.3 Effects of Vacuum Bagging configuration 

After the polymerisation of the plates in batch A, the 

breathing material is impregnated with the 

exceeding resin. The resin lost by the plate is 12 to 

15 % of the uncured plate weight. After changing 

the vacuum bagging configuration (cf. Table 1) in 

batch B, the exceeding resin flow is 6 %. For the 

plates in batch C, which also uses this configuration, 

the exceeding resin is 5 %. The difference between 

B and C plates, which have been produced using the 

same vacuum bagging configuration, can be 

explained by the use of different materials in each 

batch (R1 for B and R2 for C). Further testing is 

necessary to confirm this hypothesis.  

 

Varying the vacuum bagging configuration has 

indeed an impact on the cured material properties. It 

is shown that the excess in the resin flow in batch A 

compared to batch B reduced the overall thickness 

of the cured plate. After measuring the 6 plates in a 

CMM, the mean thickness is 4.7 mm for the plates 

of batch A mm and 5.1 mm for those manufactured 

in batch B (cf. Table 2). The M10.1/CHS has a 

nominal cured ply thickness of 0.320 mm. The 

difference between the overall thicknesses in both 

batches is greater than the thickness of a nominal 

ply. Hence, this can create conflicts during the 

dimensioning of a composite structure. In addition, 

the mapping of the plate shows that the thickness is 

not constant along and across the plate. The 

thickness has a maximal value around the centre of 

the plate, meanwhile the minimum value is found at 

the corners (cf. Figures 6a and 6b).  

 

3.4 Thickness of the cured plates and plies 

In order to measure the actual thicknesses of the 

cured ply, 4 specimens from batches A and B are 

cut. The plies thicknesses are measured from 

micrographs taken from 6 zones along the cross 

section of each specimen (cf. Figure 7). 2 zones are 
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measured per micrograph. Due to the chosen staking 

sequence, the plies 4/5, 8/9 and 12/13 are difficult to 

distinguish separately. Hence, these pairs of plies are 

treated separately as “double plies”. 

 

The specimens from plate A2 (cf. Figure 8a) have a 

lower mean thickness than those from plate B2 

(cf. Figure 8b). The distribution of the ply 

thicknesses along the cross is similar for both plates. 

This is an indication that the flow of exceeding resin 

is similar across the plate, due the thicknesses of the 

plies do not show any clear tendency to increase or 

reduce their values towards the top or the bottom of 

the plate. As indicated by the confidence intervals 

for the mean value of the thickness, the variability of 

ply thicknesses the batch A (CV of 14 %) is greater 

than that of the batch B (CV 9%).  

 

Finally, by observing the cross section of the 

specimen is evident that there is a variation in the 

thicknesses of the plies along the composite core. As 

well, by comparing the dispersion of ply thickness to 

the dispersion of the main plate in the single ply this 

variation is found in the order of 14 % for the plates 

in the batch A and 9% for the plies of batch B 

(cf. Figure 9). However, the CV of the overall plate 

thickness is approximately 2 % for both plates. The 

difference between the thickness of the ply and the 

plate comes from a geometric coupling in the plies; 

e.g., for any given reduction in the thickness of the 

ply, at the zone of the adjacent ply there is an 

augmentation of its thickness (cf. Figure 10). This 

effect has an impact in the local volume fractions 

and on the relative position of the ply in the cross 

section, thus changing the stiffness of the CFRP, in 

particular during flexion.  

 

4. Numerical implementation of local variabilities 

in composite structural analysis.  

After the collection of certain sources of variability, 

they can be used as input parameters of a FEA 

model. This model will take into account the local 

variabilities to assess the final structural properties. 

The approach needs a data pre-treatment of the 

acquired values during the systematic 

measurements. By using programming tools, a 

database is generated by employing homogenization 

methods to determine the local material properties.  

 

As an example of application; the database supplies 

the input parameters into a FEA model, in which the 

material properties vary locally in each mesh 

(cf. Figure 11a). Then, the numerical analysis is run 

to find a failure criterion (cf. Figure 11b). This 

analysis is then performed several times in order to 

vary randomly the properties of the material in each 

mesh by using the Monte Carlo Method [7]. The 

main goal of this approach is to find the probability 

density function (PDF) of the studied parameter 

(cf. Figure 11c).   

 

5. Conclusions 

 

In order to study some of the sources of variability 

in CRFP structures, a measurement protocol is 

established. This protocol allows a systematically 

characterization of several variables during the 

manufacturing of composite plates. The studied 

parameters are:  

 

- Mass per unit area of the UD prepreg. 

- The ply misalignment during the manual lay-up. 

- The effects of the exceeding resin flow during 

curing. 

- Variation in the cured thickness of the plates and 

plies as well as undulation effects in those plies. 

 

The recompilation of all the data will permit to 

create a FEA model closer to reality, as this model 

will take into account the different local variabilities 

to find a global behaviour of the composite structure. 

 

However, several parameters are yet to be 

characterized, especially at local level. The first 

parameter to be correlated is the volume fraction of 

the fibre and matrix of the level of the plate (global) 

and at the level of the ply (local). Then the 

measurements of the ply orientation must be refined 

to include local misalignments. This measure could 

be refined towards the determination (and 

correlation) of the cured fibre orientation at ply level. 

 

In conclusion, a perspective of the variability of a 

composite structure is presented. As remarked, this 

is a broad problem due to the multiple factors that 

are implied at each scale in the composite material. 

The global behaviour of a composite structure is the 

assembly of infinity local variabilities, which in 

conjunction, create the material properties. This 
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variabilities depend, not only from the 

manufacturing but also on the raw materials, design 

constrains and expertise. It’s clear that a big number 

of variables need to be characterized in order to 

obtain the realistic dispersion in values to input the 

stochastic models.  

 

 

 
 

 

 

 

 

 

 

 

 

 
Fig.1. Composite UD prepreg during the lay-up 

phase (a) plate C22 and the calibration grid (b) detail 

of a ply collation 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.2. Mean of the mass per unit area using the 

method 1 (Samples A, B and DR) and method 2 

(sample R1).  

 

 

 

 

 

 

 

 

 

 

 

 
Fig.3. Comparison of the mass per unit area between 

the 2 prepregs lots: R1 and R2.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.4. Difference between the real ply angle and the 

theoretical stratification for all 6 plates of batch C. 
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Fig.5. Example of the misalignment between the 

base ply (reference) and a given ply. 

 

 

 
 

 

Fig.6. Mean ply thickness of the plates fabricated in 

two different batches (a) plate A2 and (b) plate B2. 

 

 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.7. Cross section of the laminated plate B2(2). 
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Fig.8. Distribution of the mean ply thickness for (a) 

plate A2 and (b) plate B2. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.9. CV of the overall thickness arranged by single 

plies, double plies and the plate in each plate. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.10. Reconstruction of the cross section of the 

plate A2(1) from the actual measures. 

 
 

 

 

 

 
Fig.11. Numerical analysis proposed (a) structure 

discretisation giving each mesh its own properties 

(b) numerical testing and (b) PDF obtained after 

several tests. 
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Batch A 

• Single layer of bleeding fabric 

• Perforated film between the bleeding and 

the breathing layers.  

• Entouring the plates with mosite 

Batch B/C 

• Two layers of bleeding fabric 

• Microperforated film between the 

bleeding and breathing cloths. 

• Without mosite 

 

Tab.1. Configuration of the vacuum bagging of the 

different autoclave batches. 

 
Plate (lot) Plates weight 

[g] 

Resin lost 

[g] 

Ratio Plate thick. 

[mm] 

A1 (R1) 1477,7 -187,6 -12,7 % 4,7 

A2 (R1) 1476,1 -191,8 -13,0 % 4,7 

A3 (R1) 1477,6 -216,3 -14,6 % 4,6 

B1 (R1) 1483,2 -90,9 -6,1 % 5,1 

B2 (R1) 1483,2 -90,8 -6,1 % 5,1 

B3 (R1) 1485,1 -96,4 -6,5 % 5,1 

C11 (R2) 1415,1 -67,8 -4,8 %   

C12 (R2) 1419,3 -58,2 -4,1 %   

C13 (R2) 1414,3 -65,0 -4,6 %   

C21 (R2) 1415,4 -68,0 -4,8 %   

C22 (R2) 1414,9 -67,6 -4,8 %   

C23 (R2) 1418,9 -77,2 -5,4 %   

 

Tab.2. Weight of the plates before the curing cycle, 

resin lost during the cycle and mean plate thickness 

after polymerisation. 
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Abstract: With the advent of the world's energy crisis, the technologies of energy saving and environmental 

protection from exterior wall have gradually become hot topics in building industry. Phenolic foam has 

excellent flame retardant and heat-insulating properties, which can be used as exterior wall material. However, 

its brittleness and low strength limit the application. In this paper, natural plant fibers are added in phenolic 

foam before curing process, and the effects of modified method for the fibers and fiber content on the 

performance of the foam composite are investigated. The result show that the mechanical properties of the 

modified foam composite is highest when the length of raw plant fibers is 10mm and the fiber content is 5wt %. 

The corresponding specific compression strength of the modified foam is 55.3% higher than that of raw 

phenolic foam. With the treatment of fiber in flame retardant , the mechanical properties of the foam composite 

are good and the specific compression strength is improved by 33.7% with consistent heat-insulating and 

fire-retardant properties. 

Keywords: Phenolic foam, natural plant fiber, composite material, heat-insulating, fire-retardant 

 

1. Introduction 

With the rapid development of the construction 

industry and the improvement of people's quality of 

life, exterior building of thermal insulation materials 

have achieved rapid development. It includes 

inorganic insulation materials, 
[1 ,2 ]

 for instance, rock 

wool, glass wool, and organic insulation materials,
[3]

 

for example, polystyrene foam, polystyrene particles 

slurry and polyurethane foam. Phenolic foam posess   

excellent flame retardant properties, thermal stability, 

thermal insulation performance, and so on,
[4,5,6]

 

which becomes the preferred insulation materials for 

the construction industry at home and abroad. 

However, phenolic foam has several weakness such 

as brittle, easy to powder dregs and high relatively 

opening rate.
[7,8]

 These deficiencies hinder its 

development application, so the preparation of 

high-performance phenolic foam has become an 

important research topic. Many different methods 

have been developed to improve the property of 

phenolic foam. Generally, they can be divided into 

two categories: one is physical method,
[9,10]

 adding 

glass fiber,
[11,12]

 rubber,
[ 13] 

aramid fiber
[14] 

and hemp. 

But the interface problems and spread evenly are the 

difficulties of this method. The other is chemical 

treatment
[15]

. The mechanism of chemical 

modification is to introduce long and flexible 

molecular chains into the rigid backbone of phenolic 

resin to improve its toughness, which can react with 

hydroxymethyl, methyl and phenolic groups to 

obtain block or graft copolymers during the 

Polycondensation reaction,
[16]

 such as epoxy resin,
[17 ]

 

polyurethane prepolymers,
[18]

 Cardanol
[19]

 and 

polyethylene glycol,
[20]

 etc. 

shen et al
[21 ,22]

. prepared chopped glass fiber, aramid 

fiber reinforced phenolic foam and its sandwich 

composites. He gets systematic research on Modified 

foam powder rate, compression and shear properties, 

as well as the performance of the system and 

interface.  

Desail
 
et al

[23]
. add different mass ratio of chopped 

glass fibers and aramid fibers mixed in phenolic 

foam as reinforcement to fabricate flexible, flame 

retardant and low-cost phenolic foam. 

Ula grass(Carex meyeriana)
[24]

 is one of the 
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Northeast specialites of China and has a unique of 

weatherization performance and natural antibacterial 

deodorant performance, which is known as the new 

green fiber.
[ 25]

 This paper focused on optimizing the 

preparation progress of the foam and added different 

handled Ula grass fibers to the foam system, thus, the 

purpose was to investigate its mechanical properties 

and thermal insulation flame retardant properties by 

different contents and treatments of Ula grass . 

 

2. Experiments 

2.1. Materials 

Phenolic resin was supplied by Shandong Shengquan 

Chemical factory. Both Tween-80 as surfactant, 

n-pentane as blowing agent and KH550 as coupling 

agent were acquired from Xilong Chemical factory. 

Phosphoric and p-toluenesulfonic acid supplied by 

Beijing Yili Chemical factory were used as curing 

agents. Flame retardants was purchased from Beijing 

Zhongtonglu’an technology Co., Ltd. 

2.2. Experimental Methods 

2.2.1. The fibrosis treatment of Ula grass 

The Ural grass was chopped to 200mm length in 

Cutting machine and then utilized distilled water to 

wash away the mud, sand and debris, 70℃ for three 

hours in the oven. Then the handled Ural grass was 

cut into a width of less than 1mm filaments along 

their own lines. The Monofilament length were 5mm, 

10mm, 15mm and 20mm, respectively. When flame 

retardant was applied to handle Ural grass, it needed 

at least 6~7h to immerse the fiber and then 70 ℃for 

one hour in the oven. 

2.2.2 Fabrication of fiber-reinforced phenolic 

foam 

A foamable solution was prepared using a solution of 

resol (90 g), Tween-80 (1.8 g) and KH550(0.9g), 

stirred at room temperature for 1 min. Then, Ula 

grass mats of different lengths and different fiber 

content were impregnated into the foam able solution 

and subjected to stirring at 500 rpm for 5 min to 

evenly mix the fiber. The following step was to add 

n-pentane(7.2g), Phosphoric and p-toluenesulfonic 

acid(14.4g). The mixed solution was uniformly 

stirred and the foam slab was made in a homemade 

mould(Shown in Fig. 1) and then placed in the oven 

at 70°C for 2h.  

2.3. Performance Test 

1)Mechanical testing. Compression testing, by means 

of a universal testing machine (UTM5000, Shenzhen 

SUNS), was carried out in accordance with China 

National Standard GB/T8813-2008. The dimensions 

was 60mm×60mm×30 mm then compressed between 

two stain less steel platens with a crosshead speed of 

0.5 mm/min until the samples deformed by 20%. 

Compressive strength was determined from the 

maximum load (in a range of strain 10%).

       

Fig. 1.  The homemade mold map 
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2)Thermal Conductivity. According to Fourier's law 

of heat conduction, thermal conductivity of 

reinforced foam composite was measured by 

steady-state method. It was calculated by the 

following equation: 

1 2( )

d

A t t







 
  

Where λ was thermal conductivity, φ was the power 

of the main heating plate on Steady-state，d was the 

thickness of the sample，A was the area of the main 

heating plate，t1was elevated temperature and t2 was 

cryogenic temperature . 

 3) Flame test. Flammability was assessed through 

vertical burning method  in accordance with GB/T 

8333-2008 method was shown in Fig.3. The 

dimensions was 100mm×10 mm×10 mm.

 

 

Fig. 2. Test configuration and Mimic diagram  

 

 

Fig. 3. Sample geometry of vertical burning method 

 

3 Results and discussion 

3.1.The influence of modification on the surface of 

Ula grass fiber  

Surface microstructures of Ula grass is shown in 

Fig.4. As can be seen, surface of Ula grass fiber is 

rough, there exist many microns protuberant 

structures, which effectively increase the interface 

contact area of the surface of the fiber with a resin 

matrix. Fig.5 is the microstructures of grass treated 

by flame retardants. As seen from SEM images, a 

thin film off lame retardant covers on the surface of 

fiber, nevertheless the convex structure is not 

completely covered. The role of flame retardants 

may reduce the trench of surface thus decrease 

interfacial contact area of fiber and the resin matrix.  

(1) 
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Fig.4. SEM images of Surface microstructures 

 

  

Fig. 5. SEM images of microstructures of Ula grass 

treated by flame retardants of Ula grass 

 

3.2.Microscopic morphology and mechanical 

properties  

3.2.1 Microscopic morphology of fiber-reinforced 

foam 

Fig.6 is the microscopic morphology of Ula grass 

fiber-reinforced phenolic foam composite. It is 

observed that all foams exhibit closed-cell structures, 

and fiber distribution is not uniformly distributed 

over the region, which indicates fiber density 

distribution presents trapezoidal change. The cell 

size decreases compared to that of raw phenolic 

foam, however the abscess type and size becomes 

uneven, especially the abscess nearly Ula grass fiber 

surface. This is because the Ula grass fiber has 

higher surface energy, easy to become the bubble 

nucleation points, so that the fiber and its surrounded  

by plenty of bubbles. But the bubble pore structure 

of heterogeneous composite materials makes the 

bigger bubble under compression load easier broken 

due to the stress concentration, the small bubble pore 

for deformation was not damage, which makes the 

phenolic foam not fully display its compressive 

strengths. inside certain deformation. 

  

  

(a)phenolic foam; (b)Ulagrass（5wt.%, 10mm）

fiber-reinforced foam; (c)Ula grassfiber 

Fig. 6. SEM image ofmicroscopic morphology of 

fiber-reinforced foam 

 

3.2.2.Effect of Ulagrass fiber length on the 

properties of foam compression  

When using 5wt % fiber treated by flame retardant t 

on the surface modify foam composite material, the 

influence of fiber length on properties of phenolic 

foam is shown in fig.7. The specific compression 

strength of Ula grass fiber-reinforced phenolic foam 

increases with fiber length when the fiber length is 

under 10 mm and reaches the maximum value at 

10mm. Compared to raw phenolic foam, the specific 

compression strength of fiber-reinforced foam 

increases by 33.7%. When the fiber length is greater 

than 10 mm, its special strength decreases with the 

increase of Ula grass fiber length. The possible 

reasons are that Ula grass fiber diameter is small and 

texture is soft, when increasing fiber length, the 

fibers are prone to tangle and agglomeration 

phenomenon, accompanied by reduced resin invasive. 

At the same time, the long fiber lowers proliferation 

ability not equal to moderate length of fiber, 

(a) 

 

(b) 
 

(c) (d) 

(a) 

(b) (c) 
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dispersion is not good, easy to block the bubble pore. 

it makes the fiber concentrate in the region of bubble 

pore, leading to fiber distribution and gas can’t 

discharge in time, which forms defects. 

 

  

Fig. 7. Image of Ulagrass fiber length on the 

properties of foam compression performance 

 

3.2.3 Effect of the Ula grass fiber content on the 

compression performance  

Fig.8 shows the effect of Ula grass fiber content to 

the compression performance of the reinforced foam. 

As is shown, the specific strength of the Ula grass 

fiber reinforced phenolic foam increases to the 

maximum when the content is 5wt %, and then 

decreases with the increasing of the content. Ula 

grass fiber distributes along the cell walls, which 

enhances the compression capacity of the walls and 

then guarantee the stress transfer. Meanwhile, during 

the foaming process, the fibers orientate along the 

direction of foaming. Therefore, when compression 

loads on the foam, a part of load is transferred to the 

fibers through the foam matrix, which may enhance 

the compression strength of the foam. While, it’s not 

better that the fibers is too many, for the viscosity of 

the resin may increase too much to process and the 

fibers cannot distribute well, what’s more, too many 

fibers may destroy the well-organized structure of 

the phenolic foam and ultimately decrease the 

compression strength. 

 

  

Fig. 8. Effect of the Ula grass fiber content on the 

compression performance 

 

3.2.4 inflaming retarding performance and heat 

conduction of Ulagrass fiber reinforced phenolic 

foam 

Heat preservation of Ula grass fiber reinforced 

phenolic foam with 10mm-length-fiber content of 

5wt % was tested and analyzed, as is shown in Table 

1. The Ula grass fiber can hardy affect the heat 

preservation of the phenolic foam (PMR/%). The 

interface between the Ula grass fiber and the 

phenolic matrix is strong, and the grass fiber is thin 

enough with excellent heat insulation, so that the 

heat diffusion along with the cell walls is retarded, 

which results in the decrease of the heat conduction 

of the modified foam. However, the fire retardant 

may weaken the interface, and ultimately weaken the 

effect of heat insulation. 

 

Table1 Inflaming retarding performance and heat 

conduction  

Foam Phenolic foam Ula grass fiber/PF 

Density/kg·m
-3

 50.1 55.2 

λ/W/(m•K) 0.060 0.064 

PMR/% 94.44 93.18 
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3.3Comprehensive evaluation of Ula grass 

fiber-reinforced phenolic foam 

As shown in fig.9, the modified foam has the best 

mechanics performance when Ula grass fiber length 

is 10 mm, fiber content is 5wt % and the surface is 

not modified. Special strength increases by 55.3% 

compared with pure phenolic foam; Ula grass fiber 

reinforced the by the impregnation of the flame 

retardant on the surface of the optimum 

comprehensive performance of composite foam, 

phenolic foam increased by 33.7% than the 

compression strength, thermal insulation, flame 

retardant performance are slightly lower. 

  

Fig. 9. Image of comprehensive evaluation of Ula 

grass fiber/PF foam 

4 Conclusion 

Micro-scale convex structures of Ula grass fiber 

surface increase the interface area of fiber and resin 

matrix, which can effectively improve the mechanical 

properties of phenolic foam. Ula grass fiber proves to 

be the first selection for fiber-reinforced phenolic 

foam material owing to its excellent thermal and 

mechanical properties as well as the cheap 

environmental fiber. Ula grass fiber treated by 

retardant meets the requirements of flame retardant 

insulation requirements, therefore it has a good 

application prospect. 
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Abstract 

Differences between the geometry of lay-up tools and 
their composites panels are mainly caused by the material 
response to the transformations occurring in the cure 
cycle. The residual stresses resulting from that cycle and 
causing warpage, are due to different Coefficients of 
Thermal Expansion of the constituents and different kinds 
of non-symmetry which might be present, like a non-
symmetric lay-up, added doublers and local details. 
Residual stresses and can be further increased by cutting 
operations. In this paper a numerical and experimental 
study is presented for the calculation of warpage 
(curvature changes) of non-symmetrical hybrid laminates. 
These changes or deviations from the tooling dimensions 
can be predicted with good accuracy. 

 

1 Introduction  

Laminates of fibre reinforced polymers and hybrids, 
i.e. combinations of composites and metal alloys, 
result in structures with high specific properties and 
are applied in aircraft structures like fuselages and 
wings. The principle to align high strength fibres in 
well defined directions, thereby creating highly 
anisotropic materials, is the basis for the excellent 
performance of these materials. At the same time the 
combination of different materials in one laminate 
and the severe anisotropy also induce phenomena 
that need to be addressed during design and 
manufacture. One major phenomenon is the 
introduction of residual stresses after curing, and the 
warpage resulting from that. The warpage will 
increase with the increase of non-symmetry of the 
component.  
The topic of residual stresses in composites and its 
consequences has been investigated by many 
researchers. Some researchers [1-5] focused on the 
development of residual stresses during the cure 
cycle and their influence on the mechanical 

properties of the composites like shear properties, 
impact properties, etc. Others [6-8] have 
investigated the warpage and proposed solutions for 
the reduction of the residual stresses like 
modification of the polymers to reduce cure or glass 
transition temperatures, adapting the cool rate, or 
stress relaxation by a kind of heat treatment. Most of 
these solutions are not applicable for aircraft 
applications since the trend is to obtain even higher 
mechanical properties and at higher operational 
temperatures. Numerical modelling and simulation 
is also a method to control and predict warpage in 
composites, using Classical Laminate Theory and its 
derivatives as well as Finite Element simulations [9-
11]. Most papers in this category are rather academic 
and less applicable to real composite components. 
 
In this paper the focus is on the prediction of the 
warpage of flat and single curved laminates which 
represent panels for aircraft fuselage or wing 
applications. Real panels consist of a skin, doublers 
at locations for local reinforcement and a number of 
cut-outs. When such panels are made by lay-up and 
autoclave curing, the final dimensions, in particular 
the curvatures (or radiuses), deviate from the 
curvature of the tooling. These differences should be 
eliminated: either by adapting the dimensions of the 
tooling or, during assembly, by forcing the panel 
into its position. The second option could be feasible 
for small deviations in thin walled, flexible 
structures, but will cause significant extra stresses 
and sometimes damage in thicker and less flexible 
and tough materials like full composites and hybrid 
materials. Therefore, the best option is tool 
compensation for warpage and spring back [12]. 
This paper discusses one part of a simulation tool 
development project to compensate tooling 
dimensions for warpage. This project uses numerical 
and experimental techniques.  
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The paper discusses causes for spring back and 
warpage. Subsequently a research program is 
presented, followed by some results of that first part 
of the research.  
 

2 Outline of the problem and research approach 

After curing (elastic) material responses occur which 
result in residual stresses and shape changes or 
distortions. Two main causes for the material 
response are: chemical shrinkage of the (thermoset) 
resin due to cross linking during the cure cycle 
(which is neglected in this paper), and shrinkage due 
to temperature changes (from cure temperature to 
operational temperature, which is usually much 
lower: -60° to + 70/80° Celsius).  Chemical 
shrinkage is not an issue for thermoplastic matrices. 
 
Table 1. Coefficients of Thermal Expansion for different 

materials [10-6 m/m/°C] [14] 
Material Longitudinal Transverse 
AS-4 Carbon fibre -0.9 27 
S-Glass fibre 7.1 30 
Aluminium 24 
Polyimide 90 
Epoxy (HY6010) 62 

 
The shrinkage due to temperature changes is the 
result of differences in Coefficients of Thermal 
Expansion (CTE) of the constituents. Fibres have 
low CTE values and polymers and aluminium, as 
used in GLARE, have (rather) high CTE values (see 
Table 1). Upon cooling the resin and aluminium 
shrink significantly more than the fibres. As result 
tension stresses are created in the aluminium and 
resin, and compressive stresses in the fibres. The 
magnitude of the stresses is influenced by the 
temperature change and the stiffness of the 
constituents. Since resins (or pure polymers) have a 
small E-modulus (1-5 GPa), the residual stresses in a 
symmetric fibre reinforced composite are limited. 
When two materials are combined with high E-
modulus, the residual stresses will be larger. As long 
as a flat laminate is symmetrical, the material 
response is in-plane and there is a build-up of 
residual stresses, but no shape changes are involved. 
Once the material build up becomes non-symmetric, 
part of the accumulated elastic energy is released 

and geometric deviations or distortions will become 
apparent (see Fig. 1). 
 
Non-symmetry of a laminate can be created or 
enhanced in 4 different ways: 
1. Non-symmetry in stacking sequence (or lay-up 

of the laminate). In most applications the 
laminates will be (nearly) symmetric. However, 
when the number of fibre layers has an odd 
number or when special properties are required, 
a non-symmetric lay-up is used.   

2. Non-symmetry in the build-up of the panel. The 
outside of the skin has a smooth surface but at 
the inside (= inside of the aircraft), the skin 
might be locally reinforced by doublers (i.e. 
round doors, hatches, and windows). These 
doublers result in non-symmetry. 

 

 
 

Fig. 1.  A non-symmetric cross-ply laminate (a) and 
saddle shape (b) after processing due to residual stresses 

[5]. 
 
3. Local non-symmetry due to details, like splices 

and run-outs of layers. These details usually 
have a local effect on shape changes, whereas 
the other 3 ways for non-symmetry have global 
consequences. 

4. Non-symmetry can be further increased (or 
reduced) by trim lines and cut-outs. Trim lines 
and cut-outs change the residual stress system in 
a panel. In case of a non-symmetrical panel, 
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cutting operations will change the shape 
(sometimes increase, sometimes reduce 
warpage). 
 

The research described in this paper is about the 
non-symmetry due to the stacking sequence (1). 
Variables that have been investigated are the number 
of layers in a laminate, the stacking order, the width 
to length ratio of the laminates and the curvature of 
the shells. Different configurations have been tested 
by experiments and by numerical simulations. For 
the experiments, Fibre Metal Laminates have been 
made, and for the simulations GLARE and carbon 
composite shells have been analysed; the carbon 
shells can have a more pronounced non-symmetry. 
Since symmetrical laminates don’t warp, although 
there are internal stresses, the composite and hybrid 
laminates have been designed and/or manufactured 
with distinct non-symmetry, e.g. laminates with 
[00]4/[900]4-lay-up. Most laminates have been cured 
on a flat plate, only a few laminates have been cured 
on a curved tool (see Fig. 2). After curing the 
curvatures have been measured by laser distance 
equipment or by the Digital Image Correlation 
technique.  
 

 
 

Fig.2. Non-symmetrical hybrid laminates on a single 
curve tool. 

 

Tests and simulations 

The emphasis in this research has been on the 
responses of non-symmetric GLARE-3 laminates, a 
hybrid concept of thin alternating layers of 
aluminium Al 2024-T3 and glass fibre epoxy 
prepreg. The details of the benchmark material for 
this research are given in Table 2. 
 

In the research an analytical model is used to predict 
the cured shapes of the non-symmetric GLARE 
laminates. The model uses a nonlinear theory based 
on polynomial approximations of the displacements, 
extends the Classical Lamination Theory (CLT) to 
include geometric nonlinearities (because of the 
magnitude of the displacements), and uses a 
Rayleigh-Ritz approach based on total potential 
energy. The analytical approach on cured non-
symmetric laminates is related to simple geometries 
such as square plates and only free boundary 
conditions have been considered.   
 

Table 2. Details of the benchmark material GLARE 
 

Benchmark Laminate GLARE 3-3/2-0.3 

Non-symmetric lay-up AL/0/0/AL/90/90/A
L 

Thickness of epoxy 
prepreg layers 

0.127 mm 

Thickness of aluminium 
2024-T3 layers 

0.3 mm 

Temperature difference -100º C 
 
Besides the analytical approach, numerical 
calculations with Finite Element Analysis (FEA) 
have been carried out. The advantages of finite 
element approach over an analytical approach are 
that more complex geometries and lay-ups can be 
analyzed, more detailed material properties (like 
thermo elasticity and visco-elasticity) can be 
incorporated in the model, and more realistic 
boundary conditions can be simulated. The objective 
of the finite element analysis is to find a general 
approach for modelling of the induced geometrical 
deviations of non-symmetric GLARE laminates with 
a reasonably accuracy and limited computation time.  
 
In this research ABAQUS is used. The element type 
used for the models is S4R, a 4-node double curved 
shell element with reduced integration, but it allows 
shear deformation. The flat GLARE laminates with 
different shapes and lay-ups are investigated, and the 
simulation starts with a perfect square shape of 
GLARE 3-3/2-0.3 non-symmetric lay-up in order to 
compare the results with the analytical solution. The 
cool-down process is simulated by applying an 
initial temperature of 120 ºC and a final room 
temperature of 20 ºC to all nodes of the model. 
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Thermal loads are generated by the temperature 
difference. The curing process can be considered as 
a quasi-static process.  
 
In the experimental part of the research seven square 
GLARE 3-3/2-0.3 panels have been made with 
different lengths, ranging from 0.1 till 0.6 meters. 
These dimensions were selected for the verification 
and validation of the analytical and numerical 
models. The warpage, expressed in radiuses or 
curvatures are measured by laser distance or a 3D 
Digital Image Correlation (DIC) technique. These 
techniques provide the curvatures which could be 
compared with the calculated values.  
Besides flat laminates, also a few curved panels 
were made (see Fig. 2) to investigate the impact of 
curvature on warpage.  

Results and Discussion  

In this section the presentation and discussion is 
aiming for some highlights from the research. The 
first result is the comparison between the analytical 

and numerical models. Fig. 3 shows the predictions 
by both approaches. As becomes clear from the 
figure, for small square laminates the flat laminate 
turns into a saddle shape. For larger dimensions the 
flat laminate becomes cylindrical and the curvature 
in one of the two orthogonal directions has two 
possibilities: or there is no curvature in that 
particular direction (but in the orthogonal direction) 
or the curvature has a specific value. In Fig. 3 the 
bifurcation occurs when the side length is ± 0.5m; 
the absolute value of curvature in saddle shape is 
between 0.15 and 0.65 (1/m). The curvature in 
cylindrical shape is 0 (zero) or ± 0.45 (1/m). 
Fig. 3 shows the analytical and numerical results. As 
can be seen from the plot: the two methods almost 
predict the same results. Another feature in Fig. 3 is 
the critical length of the laminate, Lcr, which indicate 
the transition or bifurcation point from saddle shape 
to cylinder. 

  
Fig. 3.  ABAQUS results versus analytical predictions for GLARE 3-3/2-0.3 

Comparing the results in Fig. 3 with results obtained 
for a T300/5208 carbon epoxy laminate ([00]4/[900]4-
lay-up – results not presented here), shows that the  
carbon composite had its bifurcation at a much 
lower value (0.07m) and had more severe curvatures 

(between 2 and 6 (1/m)).  Therefore, it can be stated 
that GLARE laminates exhibit much less 
deformation and has its bifurcation point at larger 
laminate dimensions. This can be explained by the 
fact that the processing temperature of the carbon 

Analytical approach 
ABAQUS Results 
 

Lcr 
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laminate is higher (1800 vs. 1200 C) and that the 
degree of anisotropy is much higher too when it is 
compared to GLARE (note that GLARE consists of 
aluminium for more than 60%). 
 
The curvatures of seven cured GLARE laminates are 
presented in Fig. 4 and compared with the analytical 
and numerical predictions. For most GLARE 
laminates, there are two red symbols, representing 
the values of curvatures in one of the two principle 
directions. 
For the first three GLARE laminates with side-
length of 0.1m, 0.2m, 0.3m, the warpage shows a 
saddle. The values of the curvatures are around 15% 
lower than predicted by both models. For larger 

GLARE laminates the curvatures become 
cylindrical.  The GLARE laminate with side-length 
of 0.35m and 0.4m are almost cylindrical, with 
curvatures in one direction much larger than that in 
the orthogonal direction. However, the smaller 
curvatures are not zero, which means they are still in 
the transition zone. The last two GLARE laminates 
namely show full cylindrical shapes with the lower 
principle curvatures almost zero. The values of the 
curvatures fit well the model predictions. The 
critical side-length for fully cylindrical shape with 
constant curvature (around 0.5m) fit the model 
predictions as well, although it seems that the 
bifurcation point have moved to a smaller critical 
length value. 

  
Fig. 4.  Experimental results of GLARE 3-3/2-0.3 

With the use of the analytical model, which 
generates good approximations for the laminate 
curvatures, the variation of a number of variables of 
GLARE have been investigated.  
Fig. 5 shows the variation in laminate lay-up. As 
stated before, the reference laminate was a GLARE 
3-3/2-0.3 laminate. By increasing the number of 
layers in the laminate or the laminate lay-up, from 
3/2 to 5/4, the curvature after curing becomes 
smaller and the bifurcation point shifts to larger 
laminate sizes.  

The reduction in curvature can be explained by the 
fact that the bending moment induced by the 
residual stresses is proportional to the laminate 
thickness (t) but that the bending stiffness of the 
laminate, responsible for resisting the warpage, is 
proportional to t3.  
A similar effect is recorded when the thickness of 
the metal layers is increased. Also in this case the 
curvature reduces and the bifurcation point moves to 
larger panel sizes (see Fig. 6). 
 

Analytical Approach 
FEA Approach 
Experiment Results 
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Using the analytical model several other parameters 
have been investigated too, like the effect of the 
Young’s modulus of the constituents, the effect 
changes in CTE, and changes in temperature 
gradients. All results are assembled in Table 3, 
which show what parameter has been investigated, 
what changes have been made (e.g. increase of a 

property by some percentage), and what the results 
are. The results are expressed as a shift in the 
bifurcation point (to the left or to the right = to lower 
or higher values of the laminate dimension) and 
effect on the curvature (an increase in curvature 
indicates a smaller radius of the cylinder). 
    

  
Fig. 5.  Experimental results of different GLARE 3 lay-ups.

 

 

ICCM19 2580



 

7  

PROCESS INDUCED WARPAGE IN LAMINATED SHELLS 

Fig. 6.  Experimental results of different metal layer thickness in GLARE 3-3/2. 

 
 

Table 3: Overview of the results of the quantitative parameter study 
 

Change in Action Consequences 
 Change in Parameters Shift in 

Bifurcation point 
Change in 

curvature (L > Lcr) 
Elastic modulus Glass epoxy (E1, E2) 20% ↑ ← 17% ↑ 
 Aluminium E 20% ↑ → 13% ↓ 
CTE Glass Epoxy & 

Aluminium 
20% ↑ ← 20% ↑ 

Lay-up GLARE 3-3/2→4/3→5/4 → 17%↓, 25%↓ 
Thickness Aluminium 33% ↑ → 35%↓ 
 Glass epoxy 100% ↑ → 24% ↑ 
Temp. gradient ∆T 20% ↑ ← 19% ↑ 

 
The results as presented in Table 3 can be easily 
explained: 
- Increasing the Elastic modulus of aluminium 

has its impact on the bending stiffness and a 
higher bending stiffness results in less warpage 
(smaller curvature). 

- An increase in the Glass fibre modulus changes 
the residual stress system in the laminate. In 
this case warpage will increase as well as the 
curvature 

- Also an increase in the CTE or an increase in 
the temperature gradient will increase the 
warpage (and the curvature). In both cases the 

residual stresses system induces a higher 
bending moment. 

 
For curved laminates, it has been discovered that 
even if the lay-up is balanced and symmetric, after 
the curing process, there will always be some 
curvature change. This is referred to as the spring-in 
effect. The differential strains in the plane and 
through the thickness cause this change in 
curvature. For non-symmetric laminates, it could be 
expected that the unbalanced thermal loads will 
cause more severe shape distortions. To test and 
simulate this effect on laminate curvatures, two 
laminates were defined (see Table 4).  

 
Table 4. Non-symmetric GLARE laminates details 

 
Laminate number 1 2 

Glare Grade Glare3-3/2-0.3 Glare3-3/2-0.3 

Non-symmetric lay-up [Al/0/0/Al/90/90/Al] [Al/90/90/Al/0/0/Al] 

Radius 0.5m 0.5m 

Side-length 0.8m 0.8m 

Temperature difference -100 ºC -100 ºC 

 
After curing the panels have been measured by 
DIC. Both experiments and calculations 
showed that one panel (1) had spring forward 
and the other spring back (2), depending on 
their specific lay-ups. The small effects due to 

differential strains are negligible. If the mould 
radius is above a certain critical value Rcr, 
snap-through may occur, when the curvature  
changes from one axis of the panel to the other. 
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The value of the curvature in both cases does 
not change.  

 

 

Conclusions 

Warpage due to non-symmetry in laminated 
materials like GLARE and carbon composites can 
be simulated by analytical and numerical tools. In 
this paper the focus was on non-symmetry induced 
by lay-up of the laminates. 
From the calculations and tests the following 
conclusions can be made: 
- Predictions by analytical and numerical 

simulations are good; the value for the 
curvature is predicted very well, but the 

prediction for the position of the bifurcation 
point needs further improvement. 

- Analytical analysis of several parameters 
showed that the changes in Lcr and curvature 
can be predicted and explained. 

- Curved panels have a “natural” warpage, 
although warpage by non-symmetrical lay-up is 
much stronger and the direction of warpage 
depends on the relation between fibre directions 
and curvature orientations.  
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1 Introduction 

Discontinuous fibre composites can achieve high 

structural performance when the fibre aspect ratio is 

sufficiently high to enable load transfer and high 

levels of alignment are obtained [1,2]. Furthermore, 

it is widely recognized that aligned short fibre 

composites allow considerable deformation during 

moulding, e.g.[3]. In the past, these aligned 

discontinuous fibre materials have been used for the 

manufacture of components with complex 

geometries. However, the studies of aligned 

discontinuous fibre composites and their 

manufacturing methods are becoming interesting 

topics for the development of composite materials 

with ductile response and the approach taken to the 

use of recycled composites.  

Continuous fibre reinforced composites have high 

performance for structural applications but tend to 

fail in a brittle manner, unlike metal. However, 

aligned discontinuous fibre composites can offer the 

scope to create a ductile or pseudo-ductile response 

by deformation and slip at the discontinuities. Okabe 

and Sasayama[4,5] modelled an aligned 

discontinuous carbon fibre/polypropylene composite 

with a Shear-Lag Model and investigated the effect 

of fibre length on the stress-strain curves, which 

showed ductility with a reasonable modulus and 

strength when the fibre length was around the 

critical fibre length (typically 0.5~1 mm)[1,2]. 

Despite numerous analytical studies, there have been 

limited experimental results to validate the model as 

the required fibre length around the critical length  

leads to difficulties in producing high-quality 

specimens with consistent fibre length, good 

alignment, controlled volume fraction and uniformly 

distributed fibres[6].  

If the fibre aspect ratio is sufficient to support load 

transfer, experimental work demonstrates that high 

structural performance can be achieved. According 

to the manufacturer’s data from Hexcel (SBCF: 

Stretched Broken Carbon Fibre)[7], Pepin 

Associates (DiscoTex®)[8], Schappe Techniques[9] 

and the paper from Harper[10], aligned short fibre 

composites have stiffness and strength retention 

values of 77-94% and 37-90% compared to 

continuous unidirectional materials. Generally, they 

provide discontinuous fibre yarns or prepregs with 

discontinuous fibres with the length in the range of 

approximately 10~100 mm. However, as all the 

materials are made by cutting pre-existing tows, 

their manufacturing processes cannot be applied to 

recycle cured composite products. The recycled 

fibres are generally short (typically below 1 mm) 

with a random orientation. These fibres can be 

milled and used as a low-grade additive for 

nonstructural applications, such as for anti-static and 

electromagnetic interference shielding as well as for 

enhanced heat conduction. However, in order to 

maximize economic and functional viability,  

recycled fibres should be reused as reinforcement for 

high performance structural components. The fibre 

alignment level is a key factor in increasing the fibre 

volume packing ability, which leads to a high 

performance for recycled composites[11]. 

The issue is therefore how to manufacture highly 

aligned discontinuous preforms directly from short 

fibres rather than from pre-existing tows in order to 

offer scope for ductility of composites and closed 

loop recycling of the fibres. The manufacturing 

method should be applicable for different fibre types 

with a fast and continuous process. 

Work at University of Bristol has recently shown a 

new method having a unique fibre orientation 
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mechanism[12]. The intention of this paper is to 

introduce the new fibre orientation mechanism and 

the development process of the new method based 

on the comparative analysis of conventional fibre 

alignment methods. This paper also reports some 

preliminary material test results of specimens 

obtained from the new short fibre alignment method.  

 

2 Review of conventional discontinuous fibre 

alignment methods 

Characteristics and drawbacks of different 

manufacturing methods for aligned discontinuous 

fibre composites directly from short fibres are 

summarised in Table 1.  

 In general, although electric (or magnetic) field 

induced methods can achieve high productivity by 

dealing with dry fibres with powder type binder, 

they have their limits in increasing fibre alignment 

levels [13,14]. As another approach for dry 

alignment of discontinuous fibres, Ericson et al. [15] 

manufactured oriented preformed GMT (glass-mat-

reinforced thermoplastics) using pneumatic force. 

The process enabled the fibre/powder mixture to 

collide against an orientation plate at high speed 

before it was sucked towards a perforated steel plate. 

The geometry of the orientation plates, surface 

friction of the flow channel and flow factors forced 

the fibre bundles to orientate transversely to the air 

flow direction. However, the alignment potential of 

this method is low, with the majority of fibres 

oriented between ±52°.  

The converging flow method with a rotating vacuum 

drum achieved some success with high fibre 

alignment level with 60% of fibres in the range of 

±3° using up to 6 mm long fibres[16]. The method 

consists of 3 major steps: dispersing fibres, aligning 

fibres, and removing the carrier from the fibre 

suspension. Fibres are typically suspended in a 

highly viscous liquid such as glycerine and 

alignment is achieved by accelerating the carrier 

liquid through a converging nozzle or channel, 

forcing the fibres to follow the fluid streamlines. 

However, the high viscosity of the liquid was shown 

to be a main factor in decreasing the 

productivity[17-23].  

Table 1 Summary of conventional discontinuous fibre alignment methods 

Characteristics Drawbacks

Electric field 

induced  [13,14]

•Handling dry fibres

•Fibre length (2-6 mm)

•Continuous process

• High electric field intensity

• Limitation to fibre types

• Low orientation level  (70% fibres between± 20°, 
80~90% between ±30°)

Air flow + 

mechanically 

oriented [15]

•Handling dry fibres

•Fibre length (25 mm)

• Low volume fraction (~18%)

• Low orientation level (the majority of fibers oriented 

between ±52°)
•Not suitable for short fibres (below 10 mm) 

•Not continuous process (product type: A sheet)

Converging 

flow (wet) + 

suction filter 

types 

[3,6,16-23]

Suction: Wire filter mesh (ERDE)[17, 19-23]

•Fibre orientation direction=Flow stream direction

•High viscous-medium (at least 100 cps, glycerine) 

•Fibre length (~6 mm)

•Fibre orientation level (90% fibre between ±15°)
•Continuous process 

• Low flow rate

(Low productivity)

Suction: Centrifugal force (Rotating vacuum drum filter) 

[3,6,16,18]

•Orientation level (60% fibre between ±3°)
•Not continuous process (product type: A sheet)

Paper making 

process for 

aligning fibres

[11,24]

•Fibre orientation direction=Flow stream direction

•Low viscous-medium (equal to or greater than 1.5 cps)

•Fibre length (10~60 mm)

•Continuous process

•Low orientation level (unknown)

•Not suitable for short fibres (below 10 mm) 
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For high productivity, the paper making process uses 

water with relatively low viscosity in dispersing and 

aligning the fibres in the direction of the flow. A 

quantitative level of fibre alignment has not been 

presented, but experimental results, showing a 

tensile strength retention of 20% compared to 

continuous composites [11,24], indicate that it has 

poor fibre alignment performance,  especially for 

short fibres below 10 mm, although it enables 

reasonably high fibre volume fraction (~45%).  

These limitations of conventional flow-induced 

discontinuous fibre alignment methods and modified 

paper making processes were previously 

investigated with Axiomatic Design theory by the 

authors[12].  

 

3 New developed short fibre alignment method 

3.1 Concept of orientation head design for a tow 

type preform 

To sum up, the requirements of a novel short fibre 

alignment method for the development of a new 

material and composite recycling are as follows, 

 

 Using randomly oriented short fibres which 

are not from cutting pre-existing tows. 

 Fast and continuous process 

 High fibre alignment level 

 Applicable fibre length range of from 0.5 to 5 

mm 

 

In order to achieve all of the above criteria, the first 

concept of the orientation device was developed by 

the authors as shown in Figure 1 (b)[12]. In this new 

process, when the low viscous fibre suspension 

flows down an inclined plate, rigid fibres in the 

suspension collide against the other inclined plate. 

Then their orientations are changed if the distance 

between two inclined plates, l, is less than the fibre 

length while the suspension (low viscous-medium: 

water) is removed rapidly. Figure 1 (a) clearly shows 

how the fibre orientation mechanism of the new 

method differs from the conventional method using 

water as a suspending fluid (paper making process).  

However, in the previous research using the first 

concept, fibre flocculation was observed at the tip of 

the orientation head due to the low velocity of fluid 

film flowing down the inclined plate. The 

orientation head had two functional requirements, 

changing the fibre orientation and controlling the 

flow rate and velocity, but only one design 

parameter, the angle of the orientation plates. Based 

on the Axiomatic Design theory, it turned out to be a 

coupled design as shown in Figure 2. Flow retention 

Fig.1. Comparison of the fibre orientation mechanism; (a) Paper making process, (b) the 1
st
 design and (c) 

the 2
nd

 design for manufacturing a tow type aligned preform. 

(1st design)

Basic concept

(2nd design)

Fibre suspension jet

Fibre suspension 

jet 

l

y

x
z

l

Tow type aligned 

short fibres  

Moving 

perforated 

weave

direction

Conventional design 

(paper making process)

Fibre alignment 

:flow direction

Flow direction 

y

x
z

• Sheet type

• Low volume fraction

• Low alignment level

• Tow type

• High volume fraction

• High alignment level

Fibre suspension

fluid film
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therefore occurred at the tip of the orientation head 

causing fibre misalignment and flocculation. In 

order to overcome this problem, a fibre suspension 

jet system was employed for the control of flow rate 

and velocity. Finally, the 2
nd

 design concept enabled 

the production of a short fibre aligned preform of 

thin single tow type illustrated in Figure 1 (c)[12].  

 

3.2 The potential for a tape type preform by 

improving orientation head design 

The orientation head was redesigned to enable a 

continuous production of a tape-like discontinuous 

fibre preform in order to increase productivity. As 

shown in Figure 3 (a), the orientation head in the 

previous concept had an inclined plate to change the 

momentum of the fibre suspension and a second 

plate used as a guide to prevent an overflow that 

would cause misaligned fibres. This fibre orientation 

mechanism can be therefore replicated and 

simplified with two parallel plates; the second plate 

has lower height so that the fibre suspension jet can 

be directed onto the first plate over the second plate 

as shown in Figure 3(b).  

This simplified concept can be extended into a 3D 

system. A new orientation head design in 3D 

consists of two parallel plates staggered with a gap l 

between them which is controllable. As shown in 

Figure 4, the fibre suspension jet from the nozzle is 

inclined downwards from the horizontal and 

oriented at an oblique angle (θ) to the x-z plane to 

ensure the jet is fully captured within the channel. It 

is referred to as a single unit of the orientation head. 
The big advantage of this concept is the ability to 

extend the orientation head size along the direction 

perpendicular to the channel; it can allow the 

manufacture of a wide tape type preform rather than 

a thin tow preform. For instance, when the 

orientation head is comprised of two units, two fibre 

suspension jets hit each orientation plate and then 

the fibres are aligned and move along each channel 

between two plates. Subsequently, each tow type 

Fig. 3. Fibre orientation mechanism with (a) two inclined 

plates, (b) two parallel plates. 
Fig. 4. Single unit of orientation head. 

Fibre
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y
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Fig. 2. Design development from the 1
st
 concept to the 2

nd
 concept. 
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preform coming from the gaps merges into one 

narrow tape preform.  

 

4 Experimental methodology 

4.1 Discontinuous fibre alignment device  

This method is comprised of the following steps: 

a) dispersing the fibres in a liquid dispersion 

medium (water), 

b) accelerating the dispersion medium through a 

nozzle to partially align the fibres, 

c) shooting the fibre suspension jet onto the 

orientation plate and aligning the fibres 

transversely to the suspension jet, 

d) removing the liquid medium by a suction plate 

through the moving perforated belt to maintain 

the fibre orientation, 

e) drying the aligned fibre preform before resin 

impregnation.  
A device for the concept validation of the new 

design was built to include all of the above steps. 

The orientation head had two units to make two thin 

tows for one narrow tape type preform.  

 

4.2 Materials and fabrication  

The carbon fibres used are 1.820 g/cm
3
, 3 mm, and 7 

m in density, length and diameter, respectively. 

The fibres are sized with a water-soluble polymer of 

3.8% (volume fraction) and were supplied from 

Toho Tenax GmbH. Tensile stiffness and strength of 

the carbon fibres are 225 GPa and 4344 MPa, 

respectively.  

The suspending fluid is tap water whose density is 

0.99 g/cm
3
 at a temperature of 25°C. The dynamic 

viscosity of the water is 0.001 kg/ms. An epoxy 

resin film (1.23 g/cm
3
, MTM49-3, ACG, UK) was 

used to impregnate the aligned fibre preforms.  

The gap l between the parallel plates was 0.7 mm, 

but the width of preform decreased to 0.5 mm 

because the surface tension of the water remaining 

in the preform before it was dried, forced the bundle 

of fibres to gather at the point where the preform 

was transferred between the fibre aligning device 

and the drying device. 

Composite samples with different fibre volume 

fractions were prepared. An areal density of the 

aligned preform could be controlled by adjusting the 

process variables. The equation to predict the areal 

density (Da) of the preform can be simply written as 

follows: 

 

   
        

   
                           ( ) 

 

where vfs is the fibre volume fraction in the 

suspension, q is the fibre suspension flow rate, df  is 

the fibre density, w is the width of preform, and Vm 

is the moving velocity of the perforated conveyor 

belt.  

For a fibre volume fraction in the suspension of 

0.003%, the predicted areal densities of the aligned 

preforms in test set 1 and 2 were 95.5 and 209 g/m
2
, 

respectively. Before the resin impregnation, the areal 

weights of the aligned preforms were measured by a 

scale with 0.1 mg resolution for a comparison with 

the calculated values. It was found that the measured 

values (96, 219 g/m
2
) agreed with the equation (1) 

within a 5% error. 

Aligned preforms were put onto the epoxy resin film 

and then heat and compression were applied to 

enable impregnation to produce prepregs. 

Subsequently, prepregs were stacked in a semi-

closed mould and cured by vacuum bag moulding in 

an autoclave. At an autoclave pressure of 

approximately 0.69 MPa, the calculated pressure 

50 μm

Set 1 Set 2

Set 1 Set 2

Areal density of 

preform (g/m2)
96 219

Fibre volume fraction 

(%)
41.4 55

Specimen’s dimension

lⅹwⅹt [mm]
50ⅹ1ⅹ0.125 55ⅹ3ⅹ0.220

Number of specimens 7 6

Fig. 5. Cross section of aligned discontinuous fibre 

composite samples. 

Table 2 Specification of composite samples 
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applied to the 3 mm wide specimens before the 

mould was closed was 2.15 MPa.  

The curing condition was 135°C for 90 min. After 

curing, the thickness of specimens was measured 

using a microscope. Based on the areal density, the 

fibre volume fractions of each specimen were 

calculated to be 41% and 55% respectively. 

Specimen dimensions and specification of the 

aligned short fibre composites are listed in Table 2 

and Figure 5 shows the cross section images of the 

composite samples. 

 

4.3 Mechanical testing  

Tensile tests were performed at a test speed of 2 

mm/min. A video extensometer (IMETRUM, UK) 

was used to measure the strain and the load was 

measured with a 1 kN load cell (Hounsfield, UK) for 

test set 1, and a 10 kN load cell (Shimadzu, Japan) 

for test set 2. White dots were painted on the 

specimens to enable the strain to be measured by 

tracking the target pixels. The gauge length of the 

specimens was 5 mm. Glass fibre/epoxy end tabs 

were attached using an epoxy adhesive (Redux®, 

Hexcel) for all the specimens. 

 

5 Tensile Test Results 

All of the stress-strain responses for the tensile 

testing showed straight lines because the carbon 

fibre length (3 mm) used in this paper was longer 

than the critical fibre length of the carbon/epoxy 

composite, typically around 0.5 mm. In this 

experimental work, thus, ductility or pseudo-

ductility was not expected. Fibre breakage occurred 

first and it led to the complete rupture of the 

composite.  

Figure 6 shows the bar charts with the tensile test 

results in the fibre alignment direction of test sets 1 

and 2 and the reference experimental data as listed in 

Table 3. The reference set A reported that aligned 

carbon/epoxy composites manufactured by the 

conventional wet process using glycerine and a 

rotating drum had a tensile modulus of 60 GPa and a 

tensile strength of 650 MPa[6]. In reference set B, 

specimens were from a short carbon fibre aligned 

mat manufactured by a modified paper making 

process and a tensile modulus of 80 GPa and tensile 

Fig. 6. (a)Tensile modulus, (b)strength, and (c)strain comparison for 2 sets of developed materials vs. existing 

experimental data (set A,B and C). 
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Table 3 Sample specifications in references 

Ref. Fibre length Fibre vf (%) Fibre specification

A Wong and Turner, SAE, 2009 [11,24] 12 mm 45 Recycled carbon fibres

B Piggott, CST, 1993 [6 ] 2 mm 35 AS2 carbon fibres

C Manufacture’s data (Toho) continuous 60 HTS40 carbon fibres
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strength of 425 MPa were observed[11,24]. In 

comparison with the references, the results for the 

set 2 were outstanding, showing similar strains to 

failure as for continuous fibre composites, and 

tensile modulus and strength of 115 GPa and 1509 

MPa, respectively. The test results of this work 

showed the promising potential of the new fibre 

alignment method.  

 

6 Conclusion & Future work 

In this paper, a new discontinuous fibre alignment 

method and its development process have been 

introduced. It showed the potential of the orientation 

head design for producing tape type preforms. For a 

feasibility test, a small device was set up and 

composite samples were successfully produced.  

The achievements can be summarised as follows, 

1. The new discontinuous fibre alignment method 

has a unique fibre orientation mechanism: 

utilising the momentum change of liquid jet when 

it hits a plate.  

2. The new discontinuous fibre alignment method is 

a continuous and fast manufacturing process 

because the working liquid is a low viscous-

medium (water).  

3. The improved orientation head design allows the 

manufacture of a thin tow type aligned short fibre 

preform, but also a tape type preform (integrated 

by multiple tow type aligned preforms).  

4. Using the preforms from the new manufacturing 

method with the 3 mm long carbon fibres, short 

fibre aligned carbon/epoxy composites with fibre 

volume fractions of 41% and 55% were 

manufactured.  

5. The high fibre volume fraction of 55% indicates 

that the composites must have a high fibre 

alignment. 

6. In the fibre alignment direction, the composite 

with high fibre volume fraction (55%) had a 

tensile modulus of up to 115 GPa and tensile 

strength of 1509 MPa. 

7. It was shown that with this new short fibre 

aligned composite, high unidirectional 

mechanical values – i.e. only slightly less than 

those of similar continuous fibre composites - 

could be reached.  

In the future, the challenges for this new 

discontinuous fibre alignment method are to make 

composites with 0.5~1 mm long fibres and scale up 

the device for further studies and mass production.  
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1 Introduction  
Carbon-Carbon (C/C) composite materials are often 
used for tribological applications in aerospace 
industry due to their low density. In working 
conditions, the main mechanical loads are applied in 
the through-thickness direction of the material. This 
paper investigates the through-thickness mechanical 
behavior of a 2,5 C/C composite subjected to 
monotonic and cyclic compression aiming to 
characterize the elastic, inelastic and damageable 
domains. 
 

2 Material and samples 

The fiber preform is obtained by staking of 
unidirectional carbon fiber yarns using 0°/+60°/-60° 
directions. After deposit of each layer a needling 
operation gives the 2,5D fiber structure. The matrix 
is obtained by Chemical Vapor Infiltration and final 
porosity is close to 10%. A through the thickness 
optical micrograph is shown in Fig. 1, where the in-
plane and vertical (thickness) fiber yarns, the 
pyrocarbon matrix and the porosities are visible; 
layer thickness is typically close to 500 µm.  

 
Fig 1: Through thickness microstructure of 

2,5D C/C composite material 

 
Testing samples have cylindrical shape with 22 mm 
in high and a diameter of 10,5 mm. They have been 
machined from a brake disc. 
Testing was performed on an electromechanical 
testing machine (Instron 5800R) at constant 
crosshead displacement rate and strain was recorded 
with an 10 mm gage length contact extensometer 
(Instron 2620-602). Two types of testing procedures 
were applied : a monotonic compression test until 
sample’s rupture, whereas the second  is  a cyclic 
one in which the sample is submitted to successive 
loading/unloading cycles each 20MPa. 
Elastic and inelastic properties are derived from the 
two procedures and damage parameters where 
determined form the cyclic test. 
 

3 Experimental results  

3.1 Monotonic through-thickness behavior  

 
Fig. 2: Mechanical behavior under monotonic 

compression 
 
Through-thickness compressive material behavior is 
elasto-plastic as shown in Fig 2 where the 
compressive stress is plotted against the compressive 
strain. It can be fitted with two straight lines, the 
first one corresponding to the elastic domain with a 
Young’s modulus close to 11,5 GPa. It ends at a 
strain close to 1% corresponding to a stress ranging 
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form 100 to 120 MPa. When comparing to the 
elastic properties of the constituents (fiber 
transversal 19 GPa, fiber longitudinal 110 GPa and 
pyrocarbon 10-12 GPa [1,2]), it can be concluded 
that material elastic properties are mainly related to 
the fiber transversal and pyrocarbon properties, and 
that fibers pulled down by needling give low 
contribution.  
The second linear domain corresponds to the 
hardening with a modulus close to 1,5 GPa. 
Physically it corresponds to a microcraking of the 
matrix. Rupture of the samples occurs in shearing at 
45° of the loading direction for a rupture stress 
ranging from 180 to 200 MPa and a strain between 5 
and 5.5%. 
In monotonic loading conditions, the compressive 
behavior can be easily described with an elasto-
plastic isotropic hardening model.  
 

3.2 Inelastic and Damageable properties  

 
Fig. 3: 2,5D C/C typical behavior under cyclic 

through-thickness compression  
 
Fig. 3 shows the typical experimental behavior of 
the 2,5D C/C subjected to successive loading and 
unloading during the compression test. Each 
unloading shows a progressive decrease of the 
apparent elasticity modulus that is related to an 
increased microcracking of the matrix. It is used to 
derive a damage parameter [3,4] as defined in (Eq.1)  

1 0 0( ) /i id E E E+= −  (1) 

where Ei+1 the elastic modulus of the cycle i +1 and 
E0 the elasticity modulus of the virgin material. 
It can be seen also in Fig. 3 that after unloading a 
residual strain remains that is related to the matrix 
debris after microcracking. Several tests prove that 
the relation between applied load and residual strain 

is closely linear and that its evolution an be modeled 
as follow : 

εr = aσ   with    σ ≥ 100 MPa (2) 

Unloading-reloading curves show an increased 
hystheresis loop that is related to internal friction 
between fiber and matrix but also between 
pyrocarbon matrix blocs. 
The macroscopic behavior of the material in the 
inelastic domain can be modeled as a damageable 
behavior with increasing residual strain.  

4 Conclusion  

A characterization of the 2,5D C/C composite 
mechanical behavior in compression was performed. 
Mechanical properties, material damage and rupture 
mechanisms were analyzed to explain the 
macroscopic behavior.  
Two modeling approaches were performed to model 
this behavior : an elasto-plastic isotropic hardening 
for monotonic compression description and an 
elasto-plastic damageable kinematic hardening for 
cyclic compression tests. Parameter identification 
and comparison with experiment will be reported in 
full paper. 
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1 Introduction 

Thermoplastic materials, such as ethylene-

methacrylic acid copolymers and ionomers have 

shown Self-Healing (SH) behavior after ballistic 

impacts either in low and hypervelocity speed range 

[1-5].  

The SH behavior of these polymers after high 

energy impacts has been studied and described in 

several references [1-7]. The repair of damages is 

autonomous and instantaneous without any external 

intervention and occurs after impacts with energy 

high enough to allow the projectile to pass through 

the material in a very short time. 

Ionomers based on ethylene-co-methacrylic acid 

copolymer (EMAA) are one of the first class of 

polymeric materials which have been found to 

exhibit such SH behavior. In view of an extension of 

the properties range required in different potential 

applications, SH blends based on ionomers with the 

addition of different crystalline, elastomeric 

polymers and modifiers have also been prepared and 

investigated [8-12]. The use of EMAA based 

polymers is currently limited to those events that 

pierce the material; however researchers tried also to 

investigate the SH behavior of fiber reinforced 

composites by introducing thin layers of EMAA 

polymers in the stacking sequence [13]. 

Despite the SH behavior, these materials cannot be 

used in primary structural components due to their 

low mechanical properties. A possible solution to 

this issue can be the use of EMAA ionomers in 

multilayer composite structures to improve 

mechanical performance providing also a SH 

behavior. These types of structures are very common 

in many different fields because of their versatility. 

Multilayer composite structures are widely used in 

aerospace industry for matching the best properties 

of different materials. In aeronautical components, 

sandwich structures are commonly used to increase 

the flexural stiffness and the ultimate buckling 

strength with a minimal increase of mass. In space 

systems, multilayer structures are commonly used to 

achieve a “multifunctional material” given by the 

combination of the peculiar properties of each layer. 

For example, multilayer covering systems with 

thermal insulation and electromagnetic shielding 

layers have been developed; for special missions 

some dedicated layers can be added to primary 

structures such as ablative heat shield or impact 

protection for planetary exploration missions.  

Furthermore the design of a space structure must 

take into account the high probability of impact with 

micrometeoroids or space debris during the 

operational life of the space system. In recent years, 

the amount of space debris has increased 

significantly and nowadays every spacecraft must 

face almost one orbital maneuver to avoid the 

collision with major objects. Nevertheless the 

number of smaller objects (<1 cm), which are 

difficult to monitor by ground stations, is 

continuously growing due to space collisions and 

explosions. In some regions of space environment, 

incidentally the most interesting for space activities 

such as the Low Earth Orbits (LEO) region, their 

concentration is so high that an impact with a 

spacecraft is almost a sure thing during the 

operational lifetime [14]. Even if small sized, these 

objects travel at orbital velocity (~km/s), so that 

impact events involve a great energy amount and are 

seriously dangerous for space systems, especially for 

electronic units and pressurized systems, such as 

tanks or habitable modules. In this scenario, it is 

evident how important is the availability of materials 

which can self-repair after an impact and avoid any 

pressure leakage. Nevertheless, the rough conditions 
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of the space environment limit the usability of many 

of existing SH materials employed in aeronautic 

components. For all these reasons, it would be very 

important to include SH material, such as EMAA 

ionomers, in multilayer composite structures in order 

to employ them in space systems. This opportunity 

could highly increase the reliability of future 

spacecrafts allowing a longer duration of mission for 

deep space exploration and a safer environment for 

astronauts against pressure leakage. 

In this research, the SH behavior of ionomer plates  

and multilayer composites was investigated under 

different ballistic impact conditions; ionomer plates 

with carbon foam or with carbon-epoxy backing and 

aramid fabric/ionomer composites were tested. 

Aramid fabrics are widely used for flexible ballistic 

protections thanks to their tenacity and impact 

energy absorption capacity; aramid reinforced 

composites and foam cored sandwich structures find 

extensive employment in rigid armor. Carbon foams 

present particular mechanical and thermal properties, 

which make them interesting in a number of 

structural applications [15-18]. Carbon fiber 

reinforced composites with epoxy matrix are widely 

used in many applications, especially in aerospace 

structures, thanks to their excellent mechanical 

properties and low weight. The coupling of aramid 

fabrics, carbon foams or carbon-epoxy composites 

with polymers able to restore, at least partially, the 

continuity of the material may significantly extend 

the performances of such systems ensuring better 

reliability and response to impact effects.  

Ionomer plates have been tested by ballistic puncture 

tests in a previous research [5]; different conditions 

were assessed by varying sample thickness, bullet 

impact velocity (from 180 m/s up to 4000 m/s), 

bullet shape and diameter. At tested impact speed, 

EMAA-Na (sodium partially neutralized EMAA) 

presented self-repair ability up to a specific sample 

thickness/projectile diameter ratio even at highest 

impact speeds. Regarding multilayer systems, 

ballistic tests at the lowest speed prove that self-

healing behavior of ionomeric layers can be 

maintained also in composites. After all impact tests, 

the healing efficiency was evaluated by applying a 

pressure gradient at the damage zones. Morphology 

analysis of the impact sites was also made observing 

all samples by optical stereomicroscope and 

scanning electron microscope (SEM) both in the 

bullet entrance and exit sides. 

2 Experimental 

2.1 Materials 

EMAA based ionomers are available on the market 

with Surlyn® trade name. Different grades are 

characterized by different amount of acid group, 

different cations used for neutralization (e,g Na, Zn, 

Mg, Li) and different neutralization level. 

The EMAA-Na ionomer used in this research (grade 

Surlyn® 8940) has an acid part content of 5.4 mol% 

with about the 30% of acid groups neutralized by Na 

ions. It was provided by DuPont
TM

 Italy in pelletized 

form. This polymer is characterized by a density of 

0.95 g/cm
3
, a melting temperature of 94 °C  and a 

melt index of 2.8 g/10 min at 190 °C according to 

the data provided by the manufacturer. 

Various materials were used as reinforcement or 

core, in particular aramid fabric, carbon foam and a 

carbon/epoxy composite panel. Aramid fabric, 

STYLE 281 was provided by Seal SpA. Carbon 

foam, FPA-35, supplied by GrafTech International, 

is characterized by a bulk density of 0.56 g/cm
3
. 

Carbon fiber composite plates were produced using 

[0/+45/-45/0] stacking sequence of a pre-preg Satin 

5H,  285 g/m
2
, fabric obtaining a final thickness of 

about 1 mm. Cure cycle in autoclave was employed.  

 

2.2 Multilayer sample preparation 

After drying ionomer pellets in vacuum at 60 °C for 

5 hours, plates of 120x120 mm were produced by 

compression molding using a hot platens hydraulic 

press. Pelletized polymer was placed in the mold 

heated at 180 °C and then pressed in order to obtain 

samples with thickness ranging from 0.5 mm to 

3 mm. A molding pressure of 5 bars was employed 

with a cooling rate of about 20 °C/min; the pressure 

was maintained during cooling stage, until the 

removal of samples. 

Multilayer hybrid composites were produced using a 

similar technique; in the specific, previously 

produced 1 mm thick polymeric plates were used as 

outer layers in the stacking sequence  (Fig. 1). 

All layers, with aramid, carbon foam or carbon 

epoxy laminate as core, were positioned within the 

mold and then lightly pressed for 10 minutes at 

120 °C in order to allow the adhesion between the 

different layers. 
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Fig. 1. Representation of the different multilayer 

composites 

 

In case of aramid reinforcement, up to 5 fabric 

layers were employed and partial impregnation was 

obtained. Foam slices of 10 mm thickness were 

instead employed for the production of  

ionomer/carbon foam multilayer composites. 

After productions, all samples were stored in 

temperature and humidity controlled chamber 

(25 °C/ 50% RH) prior to testing in order to achieve 

non-variable and stable mechanical properties of the 

polymeric layers. 

 

2.3 Ballistic tests 

Ballistic puncture tests on multilayer materials were 

performed in a ballistic laboratory by shooting with 

a shotgun, model Hatsan Optima, 5.65x20 mm 

bullets through 120x120 mm square samples (Fig. 2). 

Preliminary test were also performed on pure 

ionomeric plates of different thickness (0.5, 1, 2 and 

3 mm) in order to confirm the SH capabilities under 

the same test conditions (Fig. 3). 

The speed of bullets during ballistic tests was 

measured using an optical chronograph (model CED 

M2 Millennium) and it ranged between 700 and 

730 m/s. All tests were performed at 23±2 °C. 

 

2.4 Healing evaluation 

All specimens were observed by optical and 

scanning electron microscope (Hitachi Ltd., model 

TM-3000) both in the bullet entrance and exit sides 

in order to have evidence of hole closures. SEM 

analyses were also performed to evaluate the 

morphology of the damaged surfaces of the 

specimens. To check for the ability of healing, 

leakage tests were carried out; a pressure difference 

of 0.9 bars was initially applied by a vacuum pump 

in a closed chamber, where one side was sealed with 

the tested polymer plate; A specific-designed device 

was developed for this purpose [19]. Air tightness 

through the hole was tested following vacuum decay 

and by checking for possible flow of a fluid droplet 

placed at the damage zone with the applied pressure 

difference. When the hole was healed no appreciable 

vacuum decay was detected within a specified time 

range but for non-healed samples vacuum decay was 

observed within a few seconds. 

 

 

Fig. 2. Ionomer/aramid fabric multilayer composite 

samples after ballistic test. 

 

 

Fig. 3. Pure Ionomer after ballistic test 
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3 Results and discussion 

Previous experiments showed how pure ionomer 

exhibits a SH behaviour after ballistic impact tests 

under different experimental conditions [19-21]. 

Preliminary impact tests on pure ionomer were 

performed  with 5.65 mm diameter bullets fired at 

700 m/s and also in these cases the SH behaviour 

was well maintained. Only the 0.5 mm thickness 

sample did not show a complete hole closure and 

hole sealing. 

Microscope observations of healed pure ionomeric 

samples after ballistic tests evidenced a complete 

hole closure and a clear melted zone in the centre of 

the crater (Fig. 4); the great energy exchanged 

during the puncture due to impact, friction forces 

and deformation causes a local heating above the 

melting temperature of the polymer, promoting the 

hole sealing. Damaged area shows also the 

characteristic striations radially distributed around 

the crater caused by an intense plastic deformation 

during projectile passage through the sample. 

These results are in agreement with the two stage 

healing mechanism proposed for ionomers, where, 

viscoelastic recovery is supposed to bring to hole 

closure in the first stage, while, local melting 

process leads to full or partial hole sealing in the 

second healing stage [2,3]. 

 

 

Fig. 4. Micrograph of damaged area (bullet entrance) after 

impact in a 2 mm ionomeric sample. 

 

The tested multilayer composites exhibit  different 

responses after ballistic impact, however some 

common similarities with the previous case can be 

recognized, in particular for those with aramid 

fabrics and carbon foam layers. 

Regarding multilayer system with aramid fabrics, it 

can be noted that for all tested samples, having 

different fabric plies, hole closure occurred (Fig. 5, 

Fig. 6); however, leakage tests revealed that only 

sample with 1 and 2 fabric layers show complete and 

efficient SH behaviour. 

The reduced constrain exerted by the fabric in the 

impact area, allows for ionomeric polymer 

viscoelastic recovery and efficient healing. 

 

 

Fig. 5. Optical image of  ionomer/ aramid fabric (4 layers) 

composite bullet entry side area 

 

 

Fig. 6. Micrograph of ionomer/aramid fabric (1 layer) 

composite bullet entry side area 
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Ballistic experiments carried out on a sandwich 

made of ionomer plates with carbon foam core, 

revealed a different behaviour in the self-repairing 

phenomenon of the ionomeric layers. SH appeared 

only in the first polymeric layer hit by the bullet 

(inlet layer). When the bullet passed through carbon 

foam, the outlet ionomeric layer did not exhibited 

SH ability, as revealed by leakage tests. It is 

conceivable that the bullet passage through the first 

polymer plate and carbon core, reduces its energy so 

that no re-welding and healing of the ionomer is 

possible in the outer layer. Another possible cause of 

no healing of the outer ionomer layer could be 

attributed to the cloud of carbon microparticles 

generated during the impact of the projectile with 

the foam; these particles, deposited on the damaged 

area, may prevent the repair process. However, also 

in this case, at least partial hole closure was 

observed for all tested samples. 

 

 

Fig. 6. Ionomer/carbon foam multilayer composite 

impacted area 

 

Observing the back side of tested pure ionomer 

(Fig. 7), ionomer/aramd fabric (Fig. 8) and 

ionomer/carbon foam multilayer composites (Fig. 9) 

a similar behavior was revealed. Brittle radial cracks 

appear in all cases indicating a petaling of the 

material during impacts. 

The morphology of the damaged area in healed pure 

ionomeric samples presented petaling phenomenon 

with a melted zones on the apex of the petals. These 

melted areas, even if small, are responsible for the 

sealing of the hole caused by the bullet, thus 

becoming a crucial factor for the global SH behavior 

exhibited by the studied material. 

On the other hand, non- healed composite samples, 

still presented petaling phenomena, but did not show 

a clear melted zone and an efficient SH capability. 

This behavior suggests that the additional 

contribution to temperature increment deriving from 

the friction forces between bullet and impact surface 

was dissipated in the exit side as consequence of the 

presence of aramid fabric or carbon foam layers, 

preventing the repair. 

 

 

Fig. 7. Back side of 2 mm pure ionomer sample 

 

 

Fig. 8. Back side of impacted 1 layers Ionomer/Aramid 

Fabric composite 
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Fig. 9. Ionomer/carbon foam multilayer composite 

impacted area 

 

Results of ballistic tests on ionomer/carbon-epoxy 

multilayer system showed a different response from 

the previous cases. 

Although the SH behavior of the EMAA-Na layer 

was not complete, however a remarkable hole 

reduction took place even under these testing 

conditions (Fig. 10-12). 

Carbon-epoxy composite layer instead present a 

clear circular hole of about the same diameter of the 

used projectile. After ballistic tests it can be also 

observed an extensive delaminated zone around 

impact sites (Fig. 12).  

 

 

Fig. 10. Ionomer/carbon-epoxy composite bullet entry 

side 

 

Fig. 11. Ionomer/carbon-epoxy composite bullet exit side 

 

The presence of a rigid layer, such as the carbon-

epoxy composite one, prevents deformation of the 

ionomer ply. This behavior has effects on the self-

repair capability which requires the melting of the 

polymer in the area of impact. Heat generated by 

plastic deformation and friction forces consistently 

give a fundamental contribution to the recovering 

and sealing of the hole and it seem  that limited 

deformation cause the limitation of such phenomena, 

thereby preventing an efficient hole closure and 

repair. 

 

 

Fig. 12. Delamination between ionomer layer and 

carbon/epoxy composite plate.  
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4 Conclusion 

In this work, the SH behavior of different ionomeric 

multilayer systems was explored. 

Performed ballistic impact tests on multilayer plates 

showed that SH behavior was in some instance well 

maintained in the ionomer layers. 

Similar response after ballistic impact has been 

shown by ionomer/aramid fabric and 

ionomer/carbon foam multilayer systems. Hybrid 

multilayer composites with a carbon-epoxy ply 

instead, did not exhibit a complete hole closure 

preventing the self-sealing of the damage after 

impact. However, a remarkable hole reduction was 

observed even under these testing conditions. 

A further study may involve the response of these 

kind of structures under hypervelocity impact tests 

in view of possible space applications. 

These results encourage the study of ionomeric 

systems and the development of new complex 

structures yet able to maintain efficient SH ability 

suggesting also a number of other potential 

applications in environments prone to impact 

damages. 
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1 General Introduction 

  

Conventional high performance fibre reinforced 

polymer composites have outstanding 

mechanical properties, exhibiting high strength 

and stiffness combined with low weight and 

susceptibility to fatigue and corrosion. The use 

of carbon fibre reinforced polymer (CFRP) 

composites is increasing in the recent years 

especially in applications where material cost is 

secondary to performance and weight reduction. 

Once dominating the aerospace applications, 

CFRP composites are now being considered as 

the key material for application in deep-sea oil 

and gas exploration. This is due to the 

remarkable properties and the tailorability of 

fibre reinforcement along load paths to achieve 

excellent composite performance, which is an 

attribute not found in any other material. 

 

Over the past two decades, composite materials 

have progressed and are now being used in 

secondary structures on offshore oil platforms 

such as gratings, staircases, handrails, 

accommodation modules, high pressure tubing, 

fire water main and deluge pipes replacing 

metals [1]. Reduction in weight is directly 

translated in the savings of structural costs for 

construction of offshore platforms. It has been 

reported that weight savings of 50 to 70% are 

possible when using composites in offshore as 

compared to conventional steels [2]. In weight 

sensitive applications, such as Tension Leg 

Platforms (TLP), a weight reduction of a 

component by 1 kg translates to 2 kg weight 

being removed from the rest of the structure [3].   

 

When a composite is in service, it is the matrix 

that comes into contact with the environment 

that the material is exposed to. Matrix is the 

barrier of the composite, determines its inertness 

and acts as the protection for the reinforcing 

fibres. Primary characteristics for reinforcing 

fibres in inert composites are high stiffness and 

strength, in which carbon fibres outperform 

other fibres. Furthermore, such properties are 

unaffected in hostile environments such as 

elevated temperatures, exposure to common 

solvents and fluids, and environmental moisture 

which makes them chemically and mechanically 

favourable. Therefore, it is important to select 

the right matrix for the manufacture and 

characterisation of inert composites. 

 

In this study, high strength and modulus carbon 

fibre was chosen as reinforcement in 

polyvinylidene fluoride, which is known to have 

an excellent toughness and corrosion resistance. 

This in turn gives a promising new material 

which is strong and durable. Polyvinylidene 

fluoride has excellent chemical resistance, low 

permeability to gases and liquids and low water 

absorption (0.03%), which are key for deep sea 

oil and gas applications. Furthermore, in the oil 

and gas industry, polyvinylidene fluoride has 

already been recognised and used as pipe liner 

especially when the material has to withstand 

highly corrosive fluids [4]. To exploit the full 
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benefits of polyvinylidene fluoride, it has been 

reinforced with carbon fibres [5-6]. The main 

aim here is to demonstrate that this novel 

material can be an alternative for offshore oil 

and gas applications. The ‘one material concept’ 

in composite pipe manufacturing, which uses 

the same thermoplastic as composite matrix and 

liner could create a resistance to external 

pressure and prevent damage from rapid gas 

decompression. This also ensures the strongest 

interface bonding between liners and 

composites thus providing good mechanical 

properties of the overall composite structure.  

 

2 Materials and Methods 

 

2.1 Materials 

 

The carbon fibres used in this work were high 

strength and modulus, unsized but industrially 

oxidized continuous polyacrylonitrile (PAN) 

based carbon fibres which was kindly supplied 

by Hexcel Corporation (Hextow
TM

 AS4 12k, 

Cambridge, United Kingdom). Polyvinylidene 

fluoride (Tm = 165 – 170 °C) in powder form 

was kindly supplied by Arkema Inc. (Kynar 

711, King of Prussia, PA, United States). In 

order to disperse polyvinylidene fluoride 

powder in water, a surfactant from BASF was 

used (Cremophor A 25, Ludwigshafen, 

Germany). A polyvinylidene fluoride pipe was 

purchased from Professional Plastics (50 mm 

schedule 80 x 6 m, Fullerton, United States) and 

was used as internal liner for the reinforced 

composite pipe. 

 

2.2 Composite manufacturing 

 

Continuous unidirectional carbon fibre 

reinforced polyvinylidene fluoride prepregs 12 

mm wide and 0.1 mm thick was manufactured 

using a wet powder impregnation process [7-9]. 

A schematic diagram of the manufacturing 

process can be seen in Fig 1. Continuous 

unsized AS4 carbon fibres were pulled through 

an impregnation bath consisting of 

polyvinylidene fluoride powder slurry in water 

while maintaining a tension on the fibre creel of 

100 g. The tension on the fibre was measured 

and controlled using a closed loop control unit. 

The impregnated fibres were then passed 

through a series of infra-red heated ovens to dry 

off water and melt the polyvinylidene fluoride 

onto the fibre tow. The molten polymer 

impregnated fibres then passed through a series 

of heated pins to spread the melted 

polyvinylidene fluoride evenly within the fibre 

tow. The resulting continuous unidirectional 

carbon fibre reinforced polyvinylidene fluoride 

prepreg was then allowed to consolidate by 

means of rotating rollers at room temperature 

while pulled using a haul-off at a speed of 1 m 

min
-1

. The fibre volume fraction of the 

unidirectional prepreg was maintained to be 

constant at 60 ± 3% throughout the 

manufacturing process. The fibre volume 

fraction was determined using the formula;  

 

               100%
m f

f

f m m f

W
V

W W



 
 


          Eq. 1 

 

where Vf is the fibre volume fraction of the 

composite prepregs, m is matrix density, f is 

fibre density, Wm is weight of matrix and Wf is 

weight of 1 m of fibre. 

 

2.3 Fabrication of reinforced thermoplastic 

pipes 

 

The method chosen for reinforced thermoplastic 

pipe fabrication was continuous filament 

winding. Unreinforced 50 mm Schedule 80 

polyvinylidene fluoride pipe was mounted onto 

a steel mandrel. This pipe was used as the 

internal liner for the composites. The continuous 

unidirectional carbon fibre reinforced 

polyvinylidene fluoride prepreg were secured 

onto the pipe by means of melting and fusing 

the matrix and the pipe. A winding angle of 

±55° was used in the process (Fig 2.). The 
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winding speed was set to 25 mm s
-1

. The 

winding process was continued until the desired 

wall thickness of the carbon fibre reinforced 

polyvinylidene fluoride pipe was achieved. The 

reinforced polyvinylidene fluoride pipe was 

then cut into ring sections of 25 mm length 

using a diamond blade cutter (Diadisc 4200, 

Mutronic GmbH & Co., Rieden, Germany). The 

cut surfaces of these specimens were polished 

(Buehler Ltd., IL, United States of America) 

using various grades of sandpaper to ensure 

even and parallel surface finish. To further 

prepare the specimen for mechanical 

characterisation, the polish surfaces were 

cleaned using ethanol (99.9%, VWR, 

Leicestershire, United Kingdom) and left to dry 

in a vacuum oven overnight at 45 °C to remove 

any excess water or solvent.           

 

2.4 Mechanical Characterisation 

 

A. Split Disk Tensile Test 

 

The apparent hoop stress of unreinforced and 

reinforced thermoplastic pipes was studied 

using the split-disk tensile test according to 

ASTM D2290 [10]. According to this standard, 

only apparent tensile strength is obtained using 

this method rather than true tensile strength. 

This is because during the test, the specimen is 

subjected to a bending moment at the split 

between the test fixtures. This occurs due to the 

change in the profile of the ring during the test. 

Therefore, the test fixtures were designed to 

minimize the effect of bending moment on the 

specimens.  

 

The unreinforced and reinforced thermoplastic 

pipe rings having an outside diameter of 65 m 

and length of 25 mm were used in this test. The 

specimens had no reduced cross-section, as 

specified in the section 6.2 of ASTM D2290 

(Fig 3). The test was carried out at a crosshead 

speed of 1.25 mm min
-1

 until failure. The 

apparent hoop tensile strength of the specimens 

was calculated using the formula: 

 

                     
1 1 2 2( )

MAXP

b d b d
 


          Eq. 2 

 

Where PMAX is the maximum load at failure, b 

and d are the thickness and length of the 

specimen, 1 and 2 indicates the midpoint of 

disks which are located 180° apart on the 

horizontal axis. The test was repeated five 

times. The values presented are the average of 

the five specimens and the errors are calculated 

from standard deviations.  

 

B. External Loading Properties  

 

The external loading properties of unreinforced 

and carbon fibre reinforced polyvinylidene 

fluoride were investigated using parallel plate 

loading according to ASTM D2412 [11]. This 

test method allows the determination of pipe 

stiffness and stiffness factor. A specimen having 

a width of 25 mm and outside diameter of 

65 mm was positioned between two parallel 

plates in an Instron 5581 (Instron, High 

Wycombe, Buckinghamshire, UK). The test was 

carried out by compressing the specimen at a 

crosshead speed of 12.5 mm min
-1

, until the 

internal diameter of the specimen was subjected 

to 30% deflection, the test was then stopped. 

The pipe stiffness, PS was determined using the 

formula;  

 

                      
dF

PS
y




                      Eq. 3 

 

where F
d
 is load per unit length at 30% internal 

diameter deflection and y is the change in the 

inside diameter of the specimen in the load 

direction. The stiffness factor, SF was 

calculated using;  

 

        30.149SF r PS                      Eq. 4 
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where r is the internal radius of the specimen. 

The percentage of pipe deflection, P was 

calculated using: 

 

   100
i

y
P

d


            Eq. 5 

 

where di is the initial inside diameter of the ring 

in mm. The stiffness factor was also determined 

using: 

 
3

12

t
SF E I E                 Eq. 6 

 

where E is the flexural modulus in GPa and t is 

the overall wall thickness of the pipe in mm. 

 

2  Results and Discussion 

 

In this study, continuous unidirectional (UD) 

carbon fibre reinforced PVDF composite tapes 

were prepared using a laboratory-scale 

composite production line wet impregnation 

route. The resulting continuous UD carbon fibre 

reinforced PVDF prepregs with a fibre volume 

fraction of 582% were used to fabricate 

reinforced thermoplastic pipes (RTPs) using 

continuous filament winding. The winding 

angle is the major dominating factor influencing 

the mechanical performance of RTPs [12]. 

Higher winding angle contributes to higher 

hoop modulus and, therefore, a pipe can resist 

higher buckling load when the reinforced 

thermoplastic pipes are subjected to external 

pressure. Lower winding angles on the other 

hand contribute to higher axial strength and 

modulus [31]. A winding angle of ±55° was 

chosen for this study, as it is widely used and 

has been established as the optimum winding 

angle for a tubular section where the hoop-to-

axial stress ratio can be as high as 2:1 [13-14] 

 

The methods chosen for characterising the 

reinforced thermoplastic pipes were hoop tensile 

strength determined using a split disk test and 

compression determined using parallel plate 

loading tests. The apparent tensile strength of 

the pure PVDF pipe was determined to be 

52.9 ± 0.3 MPa, which is similar to the tensile 

strength of Kynar
®

 711 PVDF as quoted by the 

manufacturer as well as previous results [15]. 

By adding a 3 mm thick layer of ±55° carbon 

fibre reinforced PVDF around the pure PVDF 

pipe, the apparent hoop tensile strength 

increased by 8% to 57 ± 1.2 MPa. (See Table 1). 

 

The stiffness factor of the pure PVDF pipe was 

39 ± 2.0 μN/m. Based on this result, the PVDF 

flexural modulus can be calculated using 

equation 6, and was found to be 2.3 GPa. This 

value is comparable to the Young’s modulus of 

Kynar
®
 711 PVDF material. The stiffness factor 

of the RTP made with as-received AS4 fibres 

was found to be identical to that of the pure 

PVDF pipe (Table 2). It has been reported that 

the flexural stiffness of RTPs are usually 

comparable with unreinforced systems [16] and, 

therefore, the reinforcement does not have any 

effect on the stiffness factor of the overall 

structure. Furthermore, it is difficult to calculate 

the flexural modulus of the structure as it is 

made of two different materials (pure PVDF 

liner and carbon fibre reinforced PVDF). During 

the test, no rupture, cracking, or crazing was 

observed on any of the specimens even after 

being compressed by up to 50% of the internal 

diameter of the pipe. 

 

3 Conclusion 

 

The search for a strong, lightweight material to 

replace heavy and corrodible alloy pipes used 

for the exploration of deep-water offshore oil 

fields has motivated the oil and gas industry 

over the past few decades. PVDF, a polymer 

approved by the oil and gas industry to be used 

as internal liner in offshore pipelines and risers, 

has yet to be utilised completely. It has been 

shown previously that it is possible to reinforce 
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polyvinylidene fluoride using carbon fibres. In 

this study, reinforced thermoplastic pipe was 

fabricated by winding carbon fibre reinforced 

polyvinylidene fluoride prepregs on a pure 

polyvinylidene fluoride pipe. The resulting 

reinforced thermoplastic pipe was subjected to 

split disk tensile test and compressed between 

two-parallel plates. 
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Table 1. Apparent tensile strength of pure 

polyvinylidene fluoride and carbon fibre 

reinforced polyvinylidene fluoride pipes  

Specimen  Apparent tensile 

strength (MPa) 

Pure PVDF 52.9 ± 0.3 

CF/PVDF 57.2 ± 1.2 

 

Table 2 Stiffness factor, E.I of pure 

polyvinylidene fluoride and carbon fibre 

reinforced polyvinylidene fluoride pipes  

Specimen Stiffness factor, 

E·I (μN.m) 

Pure PVDF 38.8 ± 0.5 

CF/PVDF 38.7 ± 0.3 

 

 

 

 

 

 

 

 

 

 

Figure 1. Schematic diagram showing the 

continuous manufacturing of unidirectional 

carbon fibre reinforced polyvinylidene fluoride 

prepregs.  

 

 

 

Figure 2. Helical 55° wound carbon fibre 

reinforced polyvinylidene fluoride pipe 

 

 

 Figure 3 Split disk tensile configurations to 

determine the apparent hoop tensile strength of 

both unreinforced and carbon fibre reinforced 

polyvinylidene fluoride pipe rings 
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Figure 4 External loading using two-parallel 

plates to determine the stiffness factor of pure 

polyvinylidene fluoride and carbon fibre 

reinforced polyvinylidene fluoride pipes  
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1 General Introduction  
Recycling and reusing is a noticeable method to 
reduce trash discharge and to save resource. 
Recycling paper is one of the most successful cases 
as it contributes to energy saving, low cost, low 
wood consumption and environmental protection [1-
4]. It was reported that the recycling rate in Europe 
reached 64.5% in 2007, which confirms that the 
industry is on the path to meeting its voluntary target 
of 66% by 2010 [5]. According to the data of Japan 
Preliminary Report on Paper, Printing, Plastic 
Products and Rubber Products Statistics, as shows in 
Fig. 1, the waste paper recovery rate increased year 
by year. On the other hand, the waste paper reuse 
rate was not increase with waste paper recovery rate. 
This situation reveals the wasted paper was 
accumulated and the paper reusing industry has big 
development space in Japan. 
Paper materials are widely used, such as packing 
industry, media platform and house and living things. 
Paper and paperboard are fibrous materials made 
from chemical and mechanical pulp, like wood and 
plant straw, in a continuous process. They are built 
from cellulose fibers jointed by hydrogen bonds and 
some additional elements like talc. They can be 
produced into many kinds of structure according to 
different requirement, such as paper tube, corrugated 
paperboard, normal paperboard, and so on. 
However, its low mechanical property limits 
possible applications. Due to the non-homogenous 
and anisotropic nature of the paper materials, it is 
difficult to predict accurately the materials responses. 
Therefore, they exhibit complex mechanical 
behavior, commonly characterized by a highly 
anisotropic linear elastic response (under moderate 
mechanical loading) and no-linear response 
(attributed to plastic response) under high load [6]. 

Many researchers have paid attention to paper 
materials. 
The mechanical and physical properties of single 
layer particleboards made with various ratios of 
waste paperboard fibers to wood particles was 
investigated by Amir Eshraghi and Habibollah 
Khademieslam [8]. Urea formaldehyde resin was 
also used as adhesive in different amounts of 9% and 
10%. Static bending strength, internal bonding and 
thickness swelling were measure during the study. 
The results revealed with increasing waste 
paperboard fiber content up to 50%, the modulus of 
rupture and modulus of elasticity of the panels 
increased. However, further additions decreased 
both of the values. The internal bonding property 
was found decreased with the addition of waste 
paperboard fiber in all panel types. All the physical 
and mechanical property improved by increasing the 
amount urea formaldehyde resin. 
In order to describe the mechanical behavior of 
paperboard, several material models had been 
proposed. In the study of Qingxi Xia, etc. [8], a 
three-dimensional constitutive model of the 
anisotropic elastic-plastic behavior of paper and 
paperboard is proposed. The initial elastic behavior 
is modelled to be linear and orthotropic. The onset 
of plastic flow is captured by a non-quadratic yield 
surface. The yield surface is taken to evolve 
anisotropically with a scalar measure of plastic strain, 
with plastic flow modelled using an associated flow 
rule. It was found the numerical results have a good 
agreement with experimental data. The model can be 
applied to simulate a wide range of in-plane 
problems for paper and paperboard such as the 
behavior under bending or inhomogeneous, 
multiaxial in-plane loading. The accurate also can be 
improved if more experimental information could be 
provided.  
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Science the water content has a significant effect on 
mechanical property on paper materials, Navaranjan, 
etc. evaluated the humidity effect on the elastic 
property and failure mechanism of two types of 
layered corrugated paperboard structures composed 
of entirely recycled material and virgin radiate pine 
kraft and mixed fiber linerboards and fluting 
medium. The compression tests were conducted 
under constant relative humidity environment from 
50% to 90%. The fracture behavior was also 
observed through confocal laser scanning 
microscope. It was found water absorption potential 
in components made of virgin fiber is greater than 
that of components composed of recycled fibers [9]. 
The carbon fiber reinforced paper-based friction 
(CFRPF) material was prepared by paper-making 
process. The effect of the cashew-modified phenolic 
resin on the mechanical, thermal and tribological 
behavior of CFRPF was examined by Fei and He 
Jun. It was found the hardness and tensile strength 
increased with the increase of resin content. 
Scanning electron microscope (SEM) observation 
results indicated the microvoids were decreased with 
the increase of resin content which enhanced 
mechanical property of the materials [10]. 
In this study, the mechanical property of paperboard 
composite was investigated. Three types of 
unsaturated polyester resin were used to improve 
properties of recycled paperboard. The resin can 
help not only to improve the resistance to water but 
also to enhance the mechanical property. Tensile test 
was conducted on both unnotched specimen and 
notched specimens. The reductions were compared 
between different types of materials. To investigate 
the shear performance, short beam bending test was 
conducted both in different angel of 3-type 
paperboard composite. Optical microscope and SEM 
was employed to observe the materials and fracture 
area respectively. Voids and combination between 
fiber and matrix were compared to analyze the 
improvement effects from resin. 
 
2 Materials and Experiment 

2.1 Paperboard 

Paperboard is in general composed of several pulp 
fiber sheets bonded by starch or adhesive material, 
and is usually a multi-layered structure. The 

paperboard used in this research is illustrated in Fig. 
2.  
Due to the fabrication process, the properties of 
paperboard express obviously anisotropy. The 
machine rolling direction was defined as MD and 
the cross or transverse direction was defined as CD. 
The designed thickness of the paperboard is 1 mm. 

2.2 Matrix 

Recycled paperboard (DAIWA ITAGAMI CO. 
LTD.) was used as reinforcement with a density of 
685 g/m2. Three kinds of unsaturated polyester resin 
with different flexibility (Highest flexibility to 
lowest: Showa Denko K. K.: FKS-4000, 
150HRBQNTNW and LP-1BQM）were used as 
matrix. (Polymer was mixed with the hardener 
MEKPO (PERMEK N; NOF Corporation) in a ratio 
of 100:0.7). The properties of matrix and ratio of 
weight content of paperboard composite are listed in 
Table 1 and Table 2. The composite plate was 
fabricated by hand lay-up method. After fabrication, 
the materials were disposed on steel moulds in 24 
hours for cure. Post cure was followed in the 
condition of 100 ℃ maintained 2 hours. 

2.3 Specimens preparation 

After fabrication, the plates were cut into unnotched 
and notched specimens. The width of unnotched 
specimens and notched specimens were 20 mm and 
30 mm respectively. After cutting the specimens, 10 
mm hole were drilled in the geometric center of the 
specimens with drills from H.A.M. PRECISION 
TOOLS (Type: 342) at the speed of 2300 rad/min. 

2.4 Tensile Test 

Tensile test were performed by using an Instron 
universal testing machine under a speed of 1 
mm/min. For the specimen with a hole, the notched 
strength was calculated. Additionally, strain gage 
(KYOWA KFG-10-120-C1-11) was used to measure 
the strain during testing process.  
The unnotched strength and notched strength of 
specimen with holes can be calculated by the 
equation (1) and (2). 
 

                      
wh

Fmax                                     (1) 

                   
hdw

F
n )(

max


                                  (2) 
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where σn is notched strength of specimen with holes, 
w is the width of the specimen, d is the diameter of 
the hole, h is the thickness and Fmax is the max load 
during tensile test. 

2.5 Short Beam Bending 

For 3-point bending, was conducted according to 
JIS K7057. The specimens were cut into 10 mm and 
20 mm in width and length respectively. The 
machine used in tensile test was also used in here 
with speed of 1 mm/min. The span distance is 50 
mm. According to mechanics of materials the stress 
of specimens can calculate by the following equation. 

22

3

bh

FL
                                 (3) 

where   is the shear strength of the specimen, F is 
the load, L is the span distance, b is the width and h 
is the thickness. The size of specimens and machine 
used in the test is shown in Fig.3. 
 

3 Results and Discussion 

3.1 Mechanical properties of paperboard 

In order to investigate the anisotropic property of 
paperboard materials, tensile test was conducted on 
both direction, included MD and CD. The stress-
strain curve is shown in Fig. 4. The strength and 
modulus in MD were 34.1 MPa and 4.4 GPa 
respectively and in CD were 17.4 MPa and 1.9 GPa 
respectively. The value in CD were around half of 
MD. This mainly caused by fabrication process of 
paperboard in which most of the fibers were 
distributed in MD. 

3.2 Tensile property 

Tensile test was conducted on 4-type materials. 
Paper type represented original recycled paperboard 
materials. FKS-4000, 150HR and LP-1 types 
represented different composite made of 
corresponding resin. The tensile process is shown in 
Fig. 5. From the stress-strain curve, it was found 
strength was increased after combining with resin. 
However, the elongation was decreased in 150HR 
type. The fractured specimens are shown in Fig. 6. 
For unnotched specimens of FKS-4000 type shows 
delamination between different plies of paperboard. 
But for others, it was difficult to find obvious 
delamination 

The modulus of tensile test is shown in Fig. 7. The 
specimens were all taken from MD of paperboard 
composite. The results indicated the modulus in 
150HR type specimens hold highest modulus 
although the modulus of LP-1 resin is the highest. It 
was considered the modulus has a strong relation 
with impregnation during fabrication process of 
paperboard composite. From the results of tensile 
test in Fig. 8, the strength was increased after 
combining with resin. Although the strength of 
paperboard and the pure resin were lower, the 
improvement was remarkable. The strength reached 
61.13 MPa, 69.63 MPa and 87.56 MPa in FKS-4000, 
150HR and LP-1 type respectively. It was 
considered the resin made up the defect of voids in 
paperboard materials and provided better deliver of 
stress in the materials. 
On the other hand, the notched strength was also 
increased after combining with resin. However, the 
decreasing ratio became bigger. For example, in the 
case of LP-1, the decreasing ratio was 44.1%, which 
means the LP-1 held highest sensitivity to hole. 
Compared with the three types, the notched strength 
was very close. 

3.3 Short beam bending property 

Different fractures from different type of paperboard 
composite after short beam bending test are shown 
in Fig.9. Both 150HR and LP-1 specimens show 
tensile fracture after short beam bending test. 
However, the delamination could be obviously 
found in FKS-4000 type specimens. The results 
show the 150HR and LP-1 specimens held similar 
resistance to shearing both in MD and CD.  The 
shear strength in CD was around 70% of MD 
according to formula 3. Compared to 150HR and 
LP-1, FKS-4000 was weaker in this aspect. 

3.4 Optical observation 

To investigate the impregnation between fiber and 
matrix, optical observation was conduct on 
undamaged materials. The results are shown in Fig. 
11. The observation was taken under 100 times, 250 
times and 1000 times of 3 types of paperboard 
composite. In order to evaluate the ratio of voids or 
little impregnation area in the materials, ImageJ 
software was employed. The main process is 
illustrated in Fig. 12. The first picture shows the 
original observed picture. It will finally convert to 
picture 4 and the black area was chosen as voids or 
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little impregnation area. This content was 25.5%, 
11.8% and 16.9% for FKS-400, 150HR and LP-1 
respectively. From the result, it was revealed the 
FKS-4000 had the highest voids or little 
impregnation which caused it low shear resistance 
property.  Compared with LP-1, 150HR had lower 
voids or little impregnation which was considered as 
the main reason provided 150HR higher modulus in 
tensile test. 

3.5 SEM observation 

SEM observation was also conducted to examine the 
combination between fiber and matrix on the 
fracture surface of failure specimens. The 
observation results are shown in Fig.13. From the 
observation, good connection between fiber and 
matrix could be found in 3 types of paperboard 
composite. However the matrix was relatively 
insufficient which affects the mechanical property 
seriously. To improve the impregnation condition 
would be a better choice to prefect paperboard 
composite. 

 

4. Conclusion 

In this study, mechanical property of paperboard 
composite was investigated with different type of 
unsaturated polyester resin. The follow conclusion 
was obtained. 
1. The modulus and strength was increased after 
combining with resin. Compared with FKS-4000 
and 150HR, LP-1 was gained the highest strength 
but also the highest sensitivity to open hole. 
2. From short beam bending test, it was found that 
the FKS-4000 specimens had the lowest interlaminar 
property and easy to happen delamination. From the 
optical observation, it was found that the voids or 
the little resin area were the main factor contributed 
to its lower interlaminar property. 
3. According to the SEM observation, it was 
indicated that the combination between fiber and 
matrix was good in the 3 type of specimens. 
Therefore, the voids were considered the most 
important factor to improve the mechanical property 
of paperboard composite. 
Further work will put the emphasis on the effect of 
resin content on mechanical property of paperboard 
composite. 
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Table 

Table.1Mechanical property of different matrix 

Resin 
Density 
g/cm3 

Strength 
MPa 

Modulus 
GPa 

Elongation 
% 

Fks-4000 1.25 8.20 0.09 5.45 
150HR 1.19 42.00 3.20 2.18 
LP-1 1.12 61.34 3.27 2.37 

 
Table.2 Fiber content of paperboard composite 

Type Number of Ply
Gram Weight 

g/m2 
Weight Ratio 

% 
Paper 1 715 / 

Fks-4000 2 2298 62.2 
150HR 2 2654 53.9 
LP-1 2 2408 59.4 
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Fig.4. Stress-strain curve of paperboard 
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Fig.5. Stress-stain curve of paperboard composite 
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Fig.6. Failure specimen of tensile test 
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Fig.7. Modulus comparison of tensile test 
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a. Optical observation of FKS-4000 specimen 

 
 

 
b. Optical observation of 150HR specimen 
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c. Optical observation of LP-1 specimen 

Fig.11. Optical observation of undamaged specimens 
 

1 2

43
 

Fig.12. Main process of ImageJ calculation 
 

 
a. SEM observation of fracture surface of FKS-4000 

 
b. SEM observation of fracture surface of 150HR 

 
c. SEM observation of fracture surface of LP-1 

Fig.13. SEM observation of paperboard composite 
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1 Introduction  

Single-Walled Carbon Nanotubes (SWCNT) have 

despite the superior mechanical properties not fully 

lived up to the promise as reinforcement in SWCNT 

composites.  

The strain transfer from matrix to carbon nanotubes 

(CNT) is poorly understood and is caused by both 

fewer localized strong bondings and frictional forces 

generated by residual compressive forces acting on 

the nanotubes. The interphase area i.e. size of CNT 

and bundles also play a crucial role. In this paper the 

strain transfer of SWCNT in a polymeric matrix is 

evaluated by monitoring the Raman 2D band shift as 

a tensile strain is applied to the composite materials. 

[1-4] The effect of polymer matrix, modification and 

concentration of the CNTs are discussed. The strain 

transfer i.e. 2D band shift under tension is compared 

to the mechanical properties of the SWCNT 

composite material. 

2 Experimental 

2.1 Materials 

2.1.1 Carbon nanotubes 

2.1.1.1 Carbolex Grade A 

The Carbolex Grade A single walled carbon 

nanotubes were synthesized by arc-discharge 

method. The purity of the as received nanotubes was 

50-70% and impurities mainly consist of amorphous 

carbon and catalyst particles. Average diameter of 

individual tubes was 1.4 nm, bundle size was 

approximately 20 nm and the length was 2-5 µm. 

These SWCNT were always purified by annealing in 

air at 275°C for 1 h and followed by refluxing in 6M 

hydrochloric acid for 6 h to remove the amorphous 

carbon and the metal catalysts particles. The 

suspension was washed with water and dried at 

100 °C for 24h. Weight loss was around 50%. The 

purified nanotubes were also used for the subsequent 

modifications. 

2.1.1.2 Cheaptubes 

The SWCNTs were purchased from Cheaptubes, Inc. 

and were produced by CCVD method with >90% 

purity and 1-2 nm in diameter (supplier information). 

The purchased tubes were purified by 3M HNO3 

treatment by the supplier. These nanotubes did not 

undergo any purification before use.  

2.1.2 Modification 

2.1.2.1 Nitric acid functionalization 

500 mg of non-modified SWCNTs were refluxed in 

50 ml 5 M nitric acid for 1h. Then the SWCNTs 

were washed with de-ionized water and dried at 

100°C for 24 h. 

2.1.2.2 Octadecylamine (ODA) functionalization 

230 mg of Nitric acid functionalized-SWCNTs and 

2 g of Octadecylamine (ODA) was mixed and 

heated at 125 °C for 4 days, during which ODA 

melted and reacted with the nanotubes. Hereafter the 

mixture was washed several times by ethanol in 

ultrasonic bath and filtered; the temperature was 

kept above 50 °C during the ultra-sonication and 

filtration. Finally the SWCNTs were dried at 100 °C 

for 24 h. 

2.1.2.3 Dodecylamine (DDA) functionalization 

2 g dodecyl amine (DDA) was added to 200 mg 

HNO3 functionalized SWCNTs, and the mixture was 

held at 90°C for 4 days. Then the mixture was 

washed with ethanol to remove the remaining DDA 

and filtered through 0.45µm filter. And finally the 

powder was dried at 100°C for 24h. 

2.1.2.4 Dichlorocarbene functionalization 

100 mg of as received SWCNTs were dried at 110°C 

for 8 h to remove the absorbed water, then 

ultrasonicated in 6ml chloroform for 1h, 40g of 

potassium tert-butoxide is dissolved in 60ml 

Tetrahydrofuran (THF), and surrounded by dry ice-

ethanol solution with temperature around -75°C. 

Then the purified SWCNTs/chloroform suspension 

was added into the potassium tert-butoxide /THF 

drop by drop. Hereafter, the mixture was poured in 
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to ice and the mixture was washed with water to 

removed potassium chloride and washed with 

ethanol 3 times and once with THF to remove 

butanol and other chemicals. Finally the powder was 

dried at 100°C for 24h. 

2.1.3 Composite fabrication 

All composites were prepared by solution blending. 

2.1.3.1 Epoxy composites fabrication 

The nanocomposites were fabricated by the 

respective SWCNTs and a commercial epoxy 

Proset-117 / 229PF. The epoxy resin Proset 117 

contains 30-60% Bisphenol A Diglycidyl Ether 

(BADGE), 30-60% Epoxy Bisphenol F resin, and 

10-30% butane-diol-diglycidyl ether. The epoxy 

hardener Proset 229PF contains 60-100% Polyoxy-

propyleneamine and 10-30% Methylene-di-

cyclohexylamine.  

Certain amount of SWCNTs (0.05 wt-% and 0.5 wt-

%) were dispersed in DMF for 0.5 h using an 80 W 

ultrasonic rod generator to form a stable suspension; 

an ice bath was used to keep the suspension cold 

during sonication. The nanotube suspension was 

then poured into 100 parts by weight of epoxy resin, 

and sonicated for 5 min. Afterwards solvents were 

evaporated at 45 °C. 34 parts by weight of hardener 

was then added to the mixture of SWCNTs / resin 

mixture and stirred under vacuum to prevent 

introduction of air bubbles. Dog bone test specimens 

(ISO 527-2, specimens type 1BA) was obtained by 

casting the resin/hardener mixture in a silicon mold, 

specimens was pre-cured at 40 °C for 24 h and post 

cured at 80 °C for 16 h. For comparison, the neat 

epoxy was prepared using the same procedure. 

2.1.3.2 PC composites 

Cyclohexanone (CH-ONE) was ultrasonically mixed 

with 1wt-% SWCNTs with a dr. Heischel UP400s 

ultrasonic processor set at 80 W for 2 h. Hereafter, 

17~18 g of polycarbonate (PC) purchased from 

Bayer (Trade name: Makrolon Grade M2405F) was 

added and stirred at 80–90 °C until the PC was 

dissolved. Furthermore, the compound was heated 

under vacuum at 130 °C for 3 days to remove CH-

ONE. Injection molding (by a custom made 

injection molding machine) was carried out at 

223 °C and the mold was heated to 75 °C.  

2.1.3.3 PVDF composites 

1wt-% SWCNTs were ultrasonically dispersed in N, 

N-dimethylformamide (DMF) for 30 min using an 

80 W ultrasonic rod generator Heischel UP400s to 

form a stable suspension. At the same time, PVDF 

(Sigma-Aldrich 427144-100G) supplied by Aldrich 

Chemistry, Inc. was dissolved in DMF at 60 °C with 

constant stirring for 2 h. The CNT/DMF suspension 

was added to the PVDF solution and shear mixed for 

30 min at the speed of 5000-6000 rpm. Afterwards, 

the compound was poured into a large tray to form a 

very thin layer and dried at 60 °C to remove DMF. 

TGA measurements showed no traces of DMF. 

Subsequently, dog bone test specimens (ISO 527-2) 

were obtained by injection molding (Thermo 

HAAKE Minijet II) at 260 °C as the melt 

temperature, the mold was heated to 90 °C, holding 

at 95 MPa for 10 s. 

2.2 Techniques 

2.2.1 Dynamic Light Scattering 

The dispersion of SWCNT after 5 min rod 

sonication in various solvents was characterized by 

dynamic light scattering (DLS) performed on 

Malvern Zetasizer Nano ZS with a glass cell, using a 

detection angle of 173°. The test temperature was 

20°C or 25°C, the viscosity of the solvent at the 

measuring temperature were provided to the 

software. 

2.2.2 Dynamic mechanical analysis (DMA) 

The glass transition temperature (Tg) of the SWCNT 

reinforced epoxy composites were measured with 

Dynamic mechanical analysis (DMA) with TA 

Q800 instrument operating in the three point 

bending mode at an frequency of 1.0 Hz. The data 

were collected from ambient to 80 °C at a scanning 

rate of 3 °C /min. The glass transition temperature 

was measured on the onset of change in the storage 

modulus. 

2.2.3 Raman spectroscopy 

The strain transfer from epoxy to the SWCNTs was 

evaluated by measuring the second order Raman 

peak (2D band) shift under tension. The position of 

the Raman 2D peak of SWCNTs at around 2630 

cm
-1

 is sensitive to the mechanical deformation. 

Composites were tested in Renishaw Invia Raman 

Microscope with 632.8nm excitation focused 

through an X20 objective lens. The small dog-bone 

specimens were loaded in a custom-made tensile test 

rig placed on the microscope table. The laser was 

parallel to the loading direction and an analyzer also 

parallel to the load direction was also used the so 

called VV geometry. The specimen was gradually 

loaded up to different strains and Raman spectra 

were taken at each strain level. 
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2.2.4 Tensile testing  

The tensile properties of the polymer composites 

were measured by a Zwick100 tensile testing 

machine. The strain rate was 5 mm/min. The 

reported data of tensile strength Young’s modulus 

and failure strain were the average values of five 

samples. 

3 Results and discussion 

3.1 Raman 2D band shift measurements 

In Figure 1 the 2D band shift is shown for different 

epoxy composite materials. Two observations can be 

done. One is that HNO3 functionalization improves 

the strain transfer and the other is that low 

concentrations of SWCNT in the composite also 

improves the strain transfer. HNO3 treatment is 

known to cause debundling of SWCNT bundles. A 

low concentration of SWCNT will possible also 

minimize the re-agglomeration in the polymers after 

dispersion and during the manufacturing of the 

composite.  The highest 2D band shift rate we have 

observed is 18 cm
-1

/% strain and is shown in figure 

1. This is observed for a low concentration of 

SWCNTs; the low concentration will probably help 

the dispersion de-bundling of the SWCNTs. The 

observed shift rate is about half of the maximum 2D 

band shift rate observed for aligned and isolated 

SWCNTs in a polymeric matrix. [5] In the next 

section we will see how this compared to a 

theoretical shift rate. 

 

Figure 1. 2 D band shift in SWCNT (Carbolex A)-

epoxy composites. 

3.2 Calculation of average Raman 2D band shift 

rate for a random 3D distribution of SWCNT 

In this section we calculate the theoretical average 

2D band shift rate for VV geometry and for a 

random 3D distribution of SWCNT i.e. an isotropic 

nanocomposite and it was compared with the 

obtained results in the previous section. 

For small strains the Raman 2D shift (NW) is 

proportional to the mechanical strain (ε). [6] The 

slope (m) is also called the 2D peak shift rate:  

 

                                                         ( ) 
 

For isolated and aligned SWCNTs the maximum 

shift rate has been found to be 35-40 cm
-1

/% 

strain.[7] In the following calculation, we assume 

this shift is the actual shift rate when applying the 

strain on the nanotube and we call this shift rate 

mmax. So for an isolated SWCNT aligned with the 

tensile direction: 

 

                                                   ( ) 
 

Depending on  how the SWCNT is rotated from the 

principal tensile direction, the strain can be equal to 

the principal strain when the SWCNT is parallel to 

the tensile direction or be in compressive state when 

perpendicular to the tensile direction due to Poisson 

contraction. In this setup the SWCNT is first rotated 

 along the x-axis and secondly  along the new y-

axis giving an angle  to the z-axis as shown in 

Figure 2.  

 

 

Figure 2. Definition of the angles  

in the VV geometry. 
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The strain is given by 

 

     (   
         )                      ( ) 

 

Where 0 is the principal strain,  is the angle 

between the CNT ( n ) and the principal tensile 

direction which is the z-axis and  is Poisons ratio. 

[8,9] So for an isolated SWCNT at a given angle ß 

to the tensile direction 

 

   ( )          (   
         ) ( ) 

 

Again depending on the angle between the CNT and 

the polarization angle of the laser the Raman 

intensity will vary.  

The scattered Raman intensity
0

RI  is proportional to 

 

  
  | ̅ 

  

  
 ̅ |

 
 | ̅   ̅ |

 
or 

  
    | ̅   ̅ |

 
                                     (5) 

 

Where es and ei are the polarization vectors of the 

scattered and incident laser light, α is the 

polarizability tensor and I
0
 is the Raman intensity 

when nanotube and laser polarization is aligned. For 

a simple shape like the SWCNT aligned along the z-

axis the polarizability tensor z  has ij = 0 except 

for zz = 1.[10] 

When rotating the SWCNT the polarizability tensor 

can be calculated from 

 

RR z
T                                           (6) 

 

where R is the rotation matrice 

ABR                                               (7) 
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                        (8) 

 

Combining equation (5) and (8) gives 

 

  
    | ̅   ̅ |

 
                         (9) 

 

The Raman intensity from all SWCNTs at an angle 

 from the tensile direction can be calculated by 

 

     dfII RR sin 0                   (10) 

 

Where f() is the distribution function of the 

SWCNTs. See Figure 3. Assuming a random 

distribution 

 

  


 dsinII RR
4

1
 0

                     (11) 

 

and this gives for the Raman intensity 

  


 dsincos
I

I R  4
0

4
              (12) 

 

An average 2D band shift rate (maverage) can be 

calculated by summing for all ß the Raman intensity 

(equation 12) multiplied with the shift rate (equation 

4) divided by the total Raman intensity. 

 
 

 

Figure 3. Distribution of carbon nanotubes. 
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The shift rate from one individual SWCNT parallel 

to the principal tensile direction is found to be up to 

37.3 cm
-1

 /%. [7] Assuming a Poisson ratio of 0.4 in 

this case the calculated average shift rate for a 

random 3D is 22.4 cm
-1

/%. In the experiments the 

maximum shift is 19 cm
-1 

showing that there is still 

some room for improvements in the de-bundling of 

the SWCNT bundles, but in the case of 10M HNO3 

functionalized SWCNT the shift rate is close to the 

theoretical maximum.  

3.3 Influence of polymer matrix 

Using different polymers causes differences in the 

strain transfer as seen in Figure 4. Generally the best 

strain transfer is observed in the epoxy matrix. 

Polymers with low creep strength generally give an 

inferior strain transfer. This might be explained by 

smaller residual compressive forces being developed 

during the cooling from the moulding temperature or 

stress relaxation after the manufacturing. Creep 

testing of the three neat polymers at room 

temperature and at a constant tensile load of 40 MPa 

and holding for 20 min, resulted in creep strains for 

the neat PC, PVDF, and epoxy that were 0.5%, 

4.2%, and 0.6%, respectively. The inferior shift rate 

of PC compared to epoxy might be a result of 

smaller bundles as indicated by the DSL size in 

Table 1 or possibly covalent bonding taking place 

between the epoxy and the nanotubes.  

As can be seen from Figure 4, the strain transfer is 

poor for the SWCNT-PVDF composites. Looking at 

the mechanical properties and especially the 

Young’s modulus in Table 2 the poor strain transfer 

is reflected in very small improvements in the 

stiffness. 

 

Figure 4. 2D band shift in different 

SWCNT(Carbolex A)-composites. 

Table 1. DLS results of SWCNTs (Carbolex) in the solvents used for composite fabrication. 

 Purified Carbolex HNO3 treated 

Carbolex 

ODA-treated 

Carbolex 

Solvent Z-Ave (nm) Z-Ave (nm) Z-Ave (nm) 

Cyclohexanone (CH-ONE) 471 357 1390 

Dimethylormamide (DMF) 193 176 465 

Ethanol (EtOH) 322 261  

Tetrahydrofuran (THF)   337 

 

Table 2. Mechanical properties of SWCNT (Carbolex A)-PVDF composites. 

Composite type  Neat PVDF 1 wt-% purified 

SWCNT/PVDF 
1 wt-% HNO

3
- 

SWCNT/PVDF 

1 wt-% ODA-

SWCNT/PVDF 

Young’s modulus (GPa) 1.14 ± 0.1 1.26 ± 0.03 1.18 ± 0.004 1.17 ± 0.003 

Ultimate tensile strength (MPa) 41.8 ± 0.9 41.3 ± 1.0 41.1 ± 0.1 40.7 ± 0.2 

Toughness (J/m³) 12.3 ± 2.9 11.7 ± 1.1 10.8 ± 1.8 10.4 ± 1.4 

Failure strain(%) 34.5 ± 7.5 32.3 ± 2.8 29.8 ± 4.9 28.9 ± 4.0 

 

ICCM19 2620



The other mechanical properties are degraded due to 

the inferior failure strain probably caused by 

agglomerates in the composite. This behavior is 

observed for all the different functionalized 

SWCNTs. 

3.4 Influence of modification of SWCNT 

 shows the effect of modifications on the 2D band 

shift in an epoxy matrix. Generally the best strain 

transfer is observed with HNO3-modification; this 

was also observed for other polymer matrixes. [11] 

The hydrodynamic sizes measured by DSL in the 

solvents that were used for fabrication of the 

composites is shown in Table 1. It is seen that 

generally the HNO3 modification gives the smallest 

hydrodynamic size.  

 

 
Figure 5. 2D band shift in SWCNT(Carbolex A)-

epoxy composites with different modifications. 

The hydrodynamic size will normally be larger than 

sizes measured by other techniques as Transmission 

Electron Microscopy, BET surface area 

measurement or laser diffration techniques. DLS 

size gives a single value for the size and a value for 

the polydispersivity and does not give information of 

morphology of the particles. It tend to measure 

agglomerate size. However it is a simple techniques 

capable of measuring very small particle sizes in 

solvent suspensions. In this case we need a value to 

characterize the dispersion. Dispersion of carbon 

nanotubes means both deagglomeration and de-

bundling. These to phenomena are not independent. 

Despite the reservations it is believed that the DLS 

size is a measure of the disperion in the solvent and 

also that size of CNT in the solvent will all things 

being equal also represent the size in the final 

composites or at least that the ranking of size 

between the different modification will be the same 

in the polymers as it is in the solvents. The HNO3 

modification helps the debundling of SWCNT and 

thus give the smaller hydrodynamic size. [12]. 

The better strain transfer for the HNO3-modified 

SWCNTs can also be explained by stronger 

hydrogen bondings or even covalent bondings 

between the carboxylic groups on the nanotubes and 

the polymer matrix. 

3.5 Influence of concentration 

In Table 3 the mechanical properties of epoxy with 

0.05 and 0.5 wt-% of SWCNT both untreated and 

with different functionalizations are shown. 

However, only the failure strain is improved. This 

behavior might be a combination of the lower Tg of 

the composites compared to the neat epoxy and a 

strengthening effect by the nanotubes. The E-

Table 3. Mechanical properties and glass transition temperature of SWCNT (Cheaptubes)-epoxy composites. 

  E [GPa] Rm[MPa] Failure strain 

[%] 

Tg @  

Peak loss modulus 

Neat epoxy  3.33 ±0.17 59.3 ±1.6 2.82 ±0.66 47.6 

P-SWCNT 0.05 wt-% 3.40 ±0.13 53.5 ±3.7 3.07 ±0.48 45.7 

 0.5 wt-% 3.33 ±0.16 53.5 ±2.4 3.94 ±1.81 47.4 

8M HNO3 0.05 wt-% 3.23 ±0.10 54.6 ±0.8 4.91 ±0.52 43.2 

 0.5 wt-% 3.24 ±0.14 55.1 ±1.1 3.74 ±0.41 44.8 

Concentrated HNO3 0.05 wt-% 3.43 ±0.03 64.2 ±1.8 4.96 ±1.15 45.6 

 0.5 wt-% 3.50 ±0.10 55.7 ±0.8 4.71 ±1.26 48.0 

DDA 0.05 wt-% 3.54 ±0.19 64.5 ±1.5 5.76 ±1.74 44.4 

 0.5 wt-% 3.11 ±0.26 56.2 ±0.6 3.66 ±0.59 40.0 

Dichlorocarbene 0.05 wt-% 3.44 ±0.00 64.2 ±1.5 5.31 ±0.90 46.0 

 0.5 wt-% 3.45 ±0.09 57.8 ±1.2 4.39 ±0.25 47.3 
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SWCNT COMPOSITES, INTERFACIAL STRENGTH AND MECHANICAL PROPERTIES  

modulus and tensile strength might be balanced by 

the degrading effect caused by the lower Tg and the 

reinforcement effect from the nanotubes resulting in 

properties similar to the neat epoxy. 

Generally the best mechanical properties are seen for 

the low concentration of SWCNT. In Figure 6 it is 

clearly evidenced that the low concentration results 

in the best strain transfer. This behavior was 

observed for all the different functionalized 

SWCNT. [13] The strain transfer is affected by the 

specific surface area which again is controlled by 

dispersion and de-bundling of the CNT in the 

polymer. The lower concentration will result in a 

better dispersion. The superior strain transfer is 

reflected in the mechanical properties. The better 

dispersion will also mean less agglomeration and 

agglomerates will deteriorate the toughness and the 

failure strain. 

 

 

 

 

 

Figure 6. 2D band shift in SWCNT (Cheaptubes) –

epoxy composites for two concentrations. 

 

 

 

 

 

 

 

 

 

4 Conclusion 

The strain transfer from matrix to SWCNT depends 

on the dispersion, bundle size and the polymer 

matrix. The dispersion and bundle size is again 

influenced by concentration of CNTs in the matrix 

and modification of the SWCNTs. Compressive 

stresses from the matrix is also important for the 

strain transfer. In polymers with low creep strength 

these compressive stresses might be relaxed during 

aging and lead to inferior strain transfer. Further on 

in polymers with high creep strength and also high 

glass transition temperature a high magnitude of 

compressive forces might build up during cooling at 

the manufacturing of the composites. The efficiency 

of the strain transfer is reflected in the mechanical 

properties of the composite. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

Flexible composites, such as elastomer-fiber-

reinforced composites, are widely used in the 

automotive industry for tires, timing and 

transmission belts. They have also recently found 

innovative uses in water applications, such as 

inflatable dams and boats or in various underwater 

engineering applications. For these applications, the 

matrix is generally a synthetic rubber and the 

reinforcing phase is a glass fiber fabric. Since these 

materials are expected to operate several years in 

water environment, their durability must be 

guaranteed. However the limited amount of data 

found in the literature shows that the long term 

behavior of such materials is still not well 

understood in such environment. Indeed, if the 

seawater ageing of thermoset composite has been 

widely investigated [1-4], no studies focused on 

elastomeric composites. Some studies examining the 

water ageing of elastomers show that they are 

usually not degraded underwater [5-7] as confirmed 

by the results of the investigation of AB-Malek and 

Stevenson [8] where a vulcanized natural rubber 

immerged for 42 years in sea-water showed a 

conservation of its physical properties. However this 

conclusion cannot be used for composite materials 

with elastomeric matrices. In fact the performance 

under water of this type of composite will depend 

not only on the elastomeric matrix but also on the 

fiber and more importantly on the fiber/matrix 

interface. Thus, if the elastomer seems to shows 

relatively stable properties underwater, it is not 

always the case for the glass fibers. The presence of 

hydrolysable alkali oxides makes glass fibers water 

sensitive. Indeed the removal of these oxides at the 

surface of the fibers cause micro cracks which 

conducts to stress concentration and loss of strength 

[9]. But, when fibers are used as reinforcement in 

the composite materials, they might be protected by 

the matrix. However, research works have shown 

that the deterioration of a composite (glass 

fiber/thermoset matrix) material resulted from the 

degradation of the glass fibers by hydrolysis [10, 

11]. In the case of elastomeric composite exposed 

underwater, given that the mineral fiber does not 

absorb water contrary to elastomer matrix, it can 

occur a differential swelling and a development of 

high stress at the interface fibre-matrix. In the long 

term, if the adhesion is not sufficient, this stress can 

lead to the loss of cohesion [12]. Consequently it is 

essential to have a good fiber-matrix bonding in 

order to ensure the integrity of this material in 

watery condition [13]. However, given the inorganic 

nature of glass fibers which make the adhesion with 

the organic matrix difficult, fibers are usually 

covered with a coupling agent layer which improve 

interface bonding [6]. 

The main purpose of this study was to understand 

the influence of accelerated underwater ageing on 

the mechanical properties of elastomeric composites. 

An experimental procedure dedicated to these 

materials was developed for three elastomeric 

composites made from ethylene propylene diene 

monomer (EPDM), EPDM/silicone and 

polychloroprene (Neoprene) matrices and E-glass 

fabric.  

Accelerated ageing was performed by immersing the 

sample in water at elevated temperature. The 

evolution of the properties due to the ageing by 

water immersion was monitored by measuring the 

tensile modulus, tensile strength, and the water 
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absorption. Furthermore scanning electron 

microscopy (SEM) was used to assess the quality of 

the fiber/matrix interface before and after aging. 

 

 

2 Experiment details 

Three sorts of elastomer matrixes namely EPDM, 

EPDM/silicone and Neoprene were investigated. 

Originally these matrixes consisted of unvulcanized 

sheets with a nominal thickness of 3.2 mm. The final 

shape of the elastomeric composite was obtained by 

compressing a layer of E-glass fabric between two 

sheets of unvulcanized rubber under high 

temperature. The resulting thickness of the 

composite materials was 4 mm. Fig.1 (a) shows a 

drawing of the composite materials. The design was 

chosen in order to protect the fabric and reduce the 

water infiltration. A schematic view of the final 

shape of the composite materials is presented in 

Fig.1 (b). The size of 300 mm x 140 mm (length x 

width) of the composite plate was determined to 

obtain a minimum of three samples for tensile 

testing. The cutting pattern is presented in Fig.1 (c) 

In order to obtain identical dimensions, 3 samples 

were cut using a die cutter and a press. 

Two aging baths were set up: one bath was heated 

and the second one was kept at room temperature. 

For both baths, the water used was prepared with 

different salts representative of a river in province of 

Quebec. The heated bath contained non-renewed 

water maintained at 85°C. The water was not 

changed in order to allow a continuous ageing at 

constant temperature. The sampling for testing was 

done after 14, 47, 75, 102, 132, 222, 293 and 365 

days of immersion. 

The non-heated bath contained 15L of water kept at 

room temperature (about 21°C). Composite panels 

were removed from the bath and tested after 365 

days of ageing. These tests were performed as a 

comparison basis for the accelerated testing. 

In order to analyse the effect of water ageing on the 

composites, three characterization tests were 

performed. First, scanning electron microscopy 

(SEM) was used to qualitatively analyse the fiber-

matrix adhesion. Second, water absorption was 

quantified with a gravimetric analysis according to 

the following formula: 

Water absorption (%) 100
0

0 



W

WWt
 (1) 

where 0W  is the weight of the dry specimen and tW
 

the weight of the wet specimen at time t . 

 

Finally, tensile tests were performed on an MTS 

INSIGHT testing machine equipped with 

mechanical grips and a 1 kN load cell. This machine 

was used in order to determine the Young’s modulus 

(E) and the ultimate strength (σu) of each sample. 

 

 

3 Results  

3.1 Interface observation 

 

It can be seen on the SEM micrographs that the 

fibers were not completely impregnated, mostly due 

to the high viscosity of the elastomeric matrix. 

Consequently the adhesion was considered as 

peripheral since only the external row of fibers was 

impregnated with the matrix as presented on Fig. 2 

(a). For all composites, fibers were less impregnated 

when moving from the edge to the middle of the 

tow. It was also noted that only neoprene composites 

possessed a weak adhesion at the interface with 

clearly observable debonding areas (Fig 2 (b)).  

 

3.2 Water absorption  

 

The percentage of water absorbed was expressed as 

a function of ageing time (days) at immersion 

temperature of 85°C. Fig. 3 shows water absorption 

graphs obtain for samples analyzed. It was found 

that the water absorption steadily increased with 

increasing immersion time up to a plateau. This 

plateau represents the maximal amount of water that 

the material can absorb and corresponds to the 

saturation level. The saturated weight gained varied 

from one composite material to another, around 

+15% for EPDM/silicone, +27% for EPDM and up 

to +160% for neoprene. 
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A direct comparison of water absorption between 

reinforced and unreinforced materials is shown on 

Fig.4. EPDM and EPDM/silicone exhibited a 

relatively similar amount of water absorption for 

reinforced and unreinforced samples (see Fig. 4 (a) 

and Fig. 4 (b)). However, for Neoprene, it appeared 

that the presence of reinforcement increased 

significantly the water absorption rate (see Fig. 4 (c)  

 

3.3 Evolution of the Young’s modulus after 

ageing 

The evolution of Young’s modulus after different 

ageing periods in water at 85°C is given in Fig. 5. 

Experimental data and the standard deviations are 

obtained from an average of 3 samples. The graphs 

were normalized with respect to the higher value for 

confidentiality purposes.  

The composite made from EPDM matrix analyzed 

after 102 days of immersion at 85°C shows very 

different mechanical properties from other 

composites of the same material. The value of 

Young’s modulus after 102 days of ageing is 8 times 

lower than the one after 132 days of immersion. This 

is probably related to the variability of 

manufacturing process or the variability of materials.  

For all materials the Young’s modulus decrease with 

the increase of immersion periods exhibiting a loss 

of -14%, -68% and -88% of rigidity after 365 days 

of accelerated ageing for composites with EPDM, 

EPDM/silicone and Neoprene matrix respectively. 

Referring to Fig 5 (b) it can be seen that the impact 

of aging on neat rubber was less dramatic since it led 

to a stiffness decrease of -3% for EPDM, -49% for 

EPDM/silicone and -36% for Neoprene after 293 

days of water immersion at 85°C. The tensile test 

also showed that the modulus of neat rubber was 

about 20 times smaller than the reinforced 

composites. This result was expected given the high 

modulus of glass fiber reinforcement. 

 

3.4 Evolution of the failure stress after ageing 

Fig. 6 shows the evolution of the failure stress of the 

reinforced materials after accelerated ageing at 85°C 

for different durations of immersion. The graphs 

were normalized with respect to the higher value for 

confidentiality purposes.  

The evolution of the failure stress is similar to the 

evolution of the Young’s modulus. Neoprene 

composite which initially showed the highest failure 

stress value exhibits a significant decrease of its 

failure stress after 14 days with a loss of -80% of its 

initial value. EPDM/silicone which had as similar 

initial value of failure stress as EPDM composite 

shows like Neoprene a considerable drop of -70% of 

failure stress value after 14 days of immersion. 

Finally, EPDM composite shows a moderate decline 

of -42% after 14 days of immersion. 

After 75 days of immersion, the failure stress value 

seems to stabilize for all materials. This behavior 

can be related to the fact that the equilibrium with 

the environment is reached, as confirmed with the 

water absorption graphs (Fig. 3). 

After 365 days of immersion, the failure stress 

values of EPDM, EPDM/silicone and Neoprene 

materials, decreased of respectively -50%, -88% and 

-96% compared with unaged materials.  

 

3.5 Interface observation after water aging 

 

The effect of water ageing on the microstructure of 

the composite materials was observed by SEM. The 

micrograhs are shown Fig. 7. It can be noticed that 

the interface is not identical before and after ageing 

(see Fig. 2). The matrix of EPDM and 

EPDM/silicone composites was deteriorated with the 

ageing as presented Fig. 7 (a) and Fig. 7 (b) where 

the matrix disappeared around the tow. Moreover, it 

can be observed that the overall aspect of the matrix 

has changed and became friable. The presence of 

porosities in the case of EPDM/silicone composites 

informs that components such as fillers contained 

inside the matrix disappear with water ageing. The 

case of Neoprene, Fig. 7 (c) indicates an important 

debonding at the interface with the presence of 

fibers mark in addition to a disintegration of the 

matrix. 
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4. Discussion 

Reinforced elastomers are more degraded with the 

water ageing by comparison with neat materials. 

This observation confirms that elastomer 

components have long term durability underwater as 

announced by Winkelmann et al. However the 

rigidity of these materials is weak, about 20 times 

weaker than reinforced material. Thus, in various 

applications the reinforcement is essential. Besides, 

the association of the reinforcement with elastomer 

component create an interface which controls the 

mechanical properties of the composite material. 

Thereby a weak interface adhesion causes poor 

mechanical properties.  

The three composite materials tested in this study 

exhibit very different behaviors underwater 

environment. 

By comparing all composite plates analysed, the 

polychloroprene exhibits the most important rate of 

absorption. In the investigation of V.B. Pillai [14] he 

also studied the water absorption of vulcanized 

polychloroprene (CR) in water and reported that this 

material absorbed more than 200% of distilled water 

after 20 days at 60°C. In this study, the unreinforced 

Neoprene composite absorbed 16% of water after 30 

days of immersion; this difference can be attributed 

to various parameters such as the rubber 

composition, the degree of vulcanization, the water 

composition (salt vs. distilled) [15]. According to 

V.B Pillai and A.N Gent this high amount of water 

absorbed can be explained by the presence of zinc 

and magnesium oxides found in curing system. 

In addition, in the case of composite materials, the 

important gain can also be caused by structural 

parameters such as the presence of micro spaces or a 

poor interface adhesion. In order to validate this 

hypothesis, visual observations were performed 

using scanning electron microscopy (SEM) and 

micrograph of the fiber/matrix interface (Fig. 2). As 

expected, N_R micrograph (Fig.2 (c)) shows non 

uniform wetting of the fibers and voids for unaged 

materials. In fact the stiffness of Neoprene 

composite collapses after 14 days of immersion at 

85°C reaching a loss of -85% of the Young’s 

modulus value after 293 days. Obviously, the high 

absorption level has a huge impact on the 

mechanical properties. This observation implies that 

the fiber/matrix is so damaged by water that glass 

fibers do not any more contribute to mechanical 

properties of the composites. The drastic decline of 

the ultimate stress with increasing aging time plus 

the micrograph of the interface after 293 days of 

ageing tends to confirm this hypothesis. The 

EPDM/silicone composite, which absorbed a lower 

extent of water, shows a loss of -61% of its initial 

stiffness (unaged material) and -84% of its initial 

strength after 133 days of immersion. Comparatively 

the unreinforced material shows a loss of -43% of its 

initial stiffness suggesting the deterioration of the 

matrix and by extension the fibre-matrix interface. 

The damaged state of interface observed after 293 

days of ageing (Fig 7 (b)) support this assumption.  

In fact, although the same process of manufacturing 

was used for all materials, the analysis of interface 

reveals different state of adhesion showing thus that 

EPDM composite have a better interface bonding. 

This can be due either to the manufacturing process 

(appropriate temperature and compaction pressure) 

or to good fiber-matrix compatibility. Given that the 

glass fabrics are generally treated with a sizing to 

improve fibre-matrix adhesion, the sizing may have 

a better reactivity with this matrix. 

This last observation let assume that these materials 

will have a better ageing behavior. The ageing 

results of EPDM composite confirm this hypothesis, 

thus after 14 days of immersing its mechanical 

properties show a relatively slight decrease 

compared with EPDM/silicone and Neoprene 

composite. Thus, despite the amount of water 

absorbed, the interface is enough resistant to ensure 

the load transfer between the matrix and the fibers. It 

is finally after 293 days of immersion that EPDM 

composite starts to exhibit a decrease of its ultimate 

strength with a loss of -68%. 

After 365 days of aging at room temperature, there 

was no significant variation in Young’s modulus for 

all composites confirming that the fibre-matrix 

interface was not damaged after one year of 

immersion. The same observation was done for neat 

elastomer where only Neoprene matrix exhibited -

3% loss of stiffness. Given that the room 
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temperature aging is characterized by slow 

degradation kinetics it was expected that few 

changes would be observed. However a decrease of 

failure stress (-13% and -44%. for EPDM/silicone 

and Neoprene composites, respectively) was 

observed. This decline could be attributed to the 

aging of the fibers or the matrix probably due to 

water interaction.  

 

Finally, this analysis showed that the neoprene is not 

appropriated for underwater application because of 

the high rate of water absorption and the interface 

degradation.  

 

 

5. Conclusions 

 

The effect of water ageing on 3 composites (E-Glass 

fiber / elastomer matrix) has been investigated in 

this paper. With the aim of finding and appropriate 

material for underwater application, the deterioration 

has been analysed in order to highlight the main 

physical and mechanical consequences of an 

accelerated ageing, which were not found in the 

literature. Microscopic analysis and water absorption 

tests correlated with the mechanical properties of 

composites led to a better understanding of the 

phenomenon which takes place underwater. In fact 

there are two crucial parameters to take in 

consideration in order to ensure long term integrity 

of the composite material underwater namely the 

fiber-matrix interface and the interaction between 

the matrix and its environment. The interface fiber-

matrix plays an important role in mechanical 

strengths and weakness of composites. Consequently 

a strong bonding at the interface ensures load 

transfer and improved mechanical performances. 

Conversely a weak bonding leads to a sliding at the 

interface and the mechanical properties. Thus, as 

confirm by tensile results and SEM micrographs 

after immersion in water, a composite material with 

a strong interface bonding will maintain its 

mechanical properties over longer period of time. In 

order to guarantee a good interface bonding it is 

necessary to consider the compatibility between the 

sizing of the reinforcement and the matrix used. A 

preliminary approach is to observe qualitatively the 

fiber-matrix interface with SEM. 

For the interaction between matrix and its 

environment it was observed in this study that the 

behaviour underwater of elastomer vary from one 

material to another with  the Neoprene absorbing 

more than +150% of water versus +15% for the 

EPDM/silicone. Thus it is preferable to select a 

matrix which absorbs a low amount of water to limit 

the differential swelling at fiber/matrix interface.  

The contributions of this study are as follows: 

1. The development of a relevant 

accelerated ageing method to simulate 

the elastomeric composite degradation 

underwater. 

2. The setting up of a method of 

characterization of these materials 

3. The access of data about water 

accelerated ageing on elastomeric 

composites 
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 (a) 

(b) 

     (c) 

Fig. 1: Design of the composite material plates. (a) 

3D drawing of composite materials manufactured. 

(b) Schematic view of the shape of composite plate 

for ageing test with isolated edges. (c) Schema of the 

3 reinforced specimens obtained after the cut. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

(a) 

 

(b) 

(c) 

Fig. 2 : SEM micrograph showing the fiber-

matrix interface for (a) unaged Neoprene 

composite on the scale of 1µm and (b) 10µm and 

(c) EPDM composite. 
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(a) 

 

 
(b) 

Fig. 3 : Water absorption after immersion in water at 

85°C for EPDM and EPDM/silicone (a) and for 

Neoprene (b). 

 

 

 

 

 

 

 

 

 

 

(a) 

  

(b) 

(c) 

Fig. 4 : Evolution of water absorption after 

immersion in water at 85°C. Results obtained for the 

samples of (a) EPDM composite and neat EPDM, (b) 

EPDM/silicone composite and neat EPDM/silicone 

and (c) Neoprene composite and neat Neoprene. 
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(a) 

(b) 

Fig. 5 : Influence of ageing in water at 85°C on the 

Young’s Modulus. (a) Results obtained for the 

samples of composite materials. (b) Results obtained 

for the samples of unreinforced materials. 

 

 

 

Fig. 6 : Influence of ageing in water at 85°C on 

Failure stress of different composites respectively 

EPDM, EPDM/silicone and neoprene. 

 

 

 
(a) 

 
(b) 

 
(c) 

Fig. 7 : SEM micrographs showing the fiber-matrix 

interface for aged composite after 293 days (a) 

EPDM (b) EPDM/silicone (c) Neoprene. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  
The ESA Future Launchers Preparatory Programme 
(FLPP) is the basis for new paradigms, investigating 
the key elements, logic and roadmaps to prepare the 
development of the European Next Generation 
Launch Vehicle (NGL). The NGL has to be flexible 
enough to cope with new missions - in addition to 
conventional GTO or SSO - as well as with the 
evolving payloads market. This achievement is 
broached studying three main areas relevant to 
ELVs: system concepts, propulsion and technology, 
containing structures development. 
The wide range of advanced ELV concepts and their 
corresponding vehicle architectures introduces a 
number of ‘top-down’, systems perspective design 
requirements which correspond to a variety of 
structural concepts and relevant technologies. 
Technology ‘bottom-up’ approach is also addressed. 
The composite structure developments presented 
here are performed within the ESA FLPP and GSTP 
programmes.  
In parallel with the hardware development, 
supporting processes are also developed, such as 
NDI. For this, a specific paper is presented 
separately at ICCM19; “DETECTION OF 
DEFECTS IN COMPOSITE STRUCTURES 
WITH 3D LASER VIBROMETER”, P. Pérès, 
D. Barnoncel, W. Staszewski 
This activity was performed under ESA TRP 
Technology programme. 
 
In this paper, we will present innovative research on 
composite material structures and show an extended 
application range for composite materials and novel 
design concepts for launcher applications. This 
includes both unpressurized structures as well as 
pressurized cryogenic propellant tanks. 
 

2 Pressurized CFRP Cryogenic Tanks 

The cryogenic propellant environment increases 
the complexity for the development of 
composite material structures. Topics like 
material compatibility with oxygen and 
hydrogen, permeability, and internal thermal 
stresses requires additional effort in 
development and verification. NDI methods 
have to be developed and verified to more 
stringent requirements.  
Micro-cracking of composite materials has to be 
managed to guarantee compliance with leakage 
requirements. 
 
ESA performs development activities for both 
thermoset resin composites as well as 
thermoplastic resin composites for cryogenic 
propellant tank applications. Complementary 
studies on liner technologies are also performed. 

EUROPEAN COMPOSITES DEVELOPMENTS FOR 
LAUNCHER APPLICATIONS 
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2.1 Cryogenic Thermoset Propellant Tank  

Subscale demonstrator representative of the LH2 
compartment of the propellant tank is established for 
technology and manufacturing demonstration. 
Technological challenges: 

• Cryogenic propellant compatibility of 
thermoset resin systems: Materials screening 
and characterization including permeability 
tests. 

• CFRP main joints including open holes, Y-
interface, etc. 

• Non-metallic liners based on tailored 
thermoset resin and high aspect ratio 
nanoparticles for improved leakage barrier 
properties. 

For this activity a material screening of 
8552/IM7 vs M21E/IMA has taken place. Following 
material development tests have been performed: 

• LOX Compatibility tests 
• Permeability tests (R.T. & LN2) 
• Cryogenic mechanical characterization tests 

(4K). 
First test articles have been identified, manufactured 
and tested in order to have a first set of material 
properties for the structure and material 
configuration chosen. 

 
Then breadboards have been identified, built and 
tested in order to obtain the MoS to be used in the 
analysis predictions in the final tank demonstrator 
FEM. 

- Flat panel representative of the lower skirt 
This is a standard sandwich panel (with an 
aluminium core) with a monolithic end. 

 
- Flat panel representative of the lower I/F 

This is an angular Breadboard 
manufactured by hot forming 

 
- Cover 

  

ICCM19 2634



 

3  

EUROPEAN COMPOSITES DEVELOPMENTS FOR LAUNCHER 
APPLICATIONS 

 
The thickness increases from the center to 
the contour. This increment has been 
realised with non-continuous layers. The 
cover has been manually layer with laser 
light guidance to place each CFRP stripe. 

- Flat panel representative of the union of the 
cover with the skin 

- Flat panel representative of Xring 
- Flat panel representative of the liner 

Permeability tests have been done on the base CFRP 
material (in the chosen lay-up) and on the 
configuration material+liner. The results of those 
have identified that the base material has a low 
permeability to liquid Helium, therefore the 
demonstrator will be without a liner. 
Currently successful manufacturing of a first tank 
has been performed at EADS CASA ESPACIO via 
hand lay-up on a male detachable tooling. 

 

 
After curing and tooling extraction, the tank has 
been submitted to an ultrasonic inspection and to a 
dimensional inspection and finally machined to its 
final shape and dimensions. 
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The process for produce the subscale tank will be 
Fiber Placement. It seems the most appropriate 
process, since it can be laminate the cylindrical part 
and the domes in one shot. 

The laminate-curing tool is collapsible and can 
be dismantle in small pieces through the axes. This 
characteristic makes possible laminate with the 
cylinder and the domes in one single part. 

The proposed tests to be performed on the tank 
are: 

· Pressure loads 
· Static mechanical loads 
· Static mechanical loads + Pressure loads 
· Thermal tests 
The primary loads are introduced in the tank by 

the interfaces. Some different load cases will be 
applied in order to check different environmental 
conditions. 
The main objective of these tests is to check the 
technologies implemented on the produced scaled 
demonstrators. 
 

 
 
Achievements: 

• Material characterization in cryo 
environment 

• Design and analytical verification of full 
scale cryo-tank and demonstrator tank. 

• Successful demonstration of one shot 
manufacturing of tank demonstrator with 
integrated interfaces. 

 
Target TRL 3-4 at the completion of the activity, 
2013. 
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2.2 Cryogenic Thermoplastic Propellant Tank 

Thermoplastic Composites provides a big 
performance potential in cryogenic applications due 
to the superior toughness compared to thermoset 
resin composites. 
 
Technological challenges: 

• Material characterization incl. cryogenic 
environment and permeability 

• Development of Induction Welding and 
Amorphous Interlayer Bonding. 

• Process development and characterization 
by sample tests and breadboards 

• Sub Scale demonstrator tank, verified in test 
environment with pressure and external 
loads  

 

 
CFRP/PEEK dome manufacturing 
demonstration 
 

 

Stringer stiffened panel in subscale testing. 
 
Achievements: 

• Material characterization in cryo 
environment 

• Permeability characterization of material 
and joints in room temperature and LN2 
temperature. 

• Design and analytical verification of 
cryotank and demonstrator tank. 

• Breadboard test programme with analytical 
model correlation 

• Tank cylinder manufacturing by automated 
fiber placement with in-situ consolidation. 

• Permeability test campaign on demonstrator 
subcomponents as well as assembled tank. 

3 Unpressurized CFRP Structures 

Development of unpressurized CFRP structures 
are focuses of mass optimization, cost reduction 
as well as AIT simplification by a higher level 
of integration. Several activities are running 
focusing on technology maturation for new 
materials, processes an design concepts. 
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3.1 Thermoset Interstage Structures  

A new desin concept has been realized by novel 
manufacturing methods. A subscale demonstrator 
structure will be subjected to qualification-like 
verification campaign.  
 
Technological challenges: 

• Implementation of new materials to assure 
low cost and to guarantee the supply in the 
long term. 

• Co-curing of the “Omega” stringers and the 
skin in only one shot 

• I/F rings obtained by integrating RTM 
pieces in a cylindrical shell, co-bonding with 
the entire structure in shell curing process 

 

 
Integrated CFRP Interface in interstage structure 
 
A demonstrator of 1.2m height and 2m diameter is 
under manufacturing at the moment. 

 

The material used is M21E/IMA except for the 
circumferential stringers, which are in fabric 8552. 
Following breadboards have been produced: 

- Flat panel with 3 omega stringers 

 

 
The stringers are manufactured by 

mean of an inflatable bag and a metallic 
plate. 

- Lower integrated ring with 90 degrees fibers 

 

 
- Lower integrated ring with RTM wedge 

 

 
- Lower integrated ring with 2 omega 

stringers 
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And tested: 

 
Tool for the lay-up and curing of the full barrel has 
been finalized. 

 
A first caul plate has been laminated and cured. 
 

 
After demonstrator manufacturing and assembly, a 
stiffness test and a strength test will be finally 
performed. 
 
Achievements: 

• Successful manufacturing demonstration of 
a novel manufacturing method with co-
curing of omega stringers and integrated 
bolt interface. 

• Demonstration of very high load carrying 
capability for integrated bolt interface in 
CFRP. 

 
Target TRL 5 at the completion of the activity, end 
2013. 
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3.2 Thermoplastic Interstage Structure 

Subscale demonstrator subjected to qualification-
like verification campaign.  

 
Full scale design  
 
Technological challenges: 

• Automated fiber placement, AFP,  with in-
situ consolidation, on integrally heated tool. 

• Assembly of stringers by Induction Welding 
or Amorphous Interlayer Bonding, AIB. 

• Development of new tooling concept for 
integrally heated layup tool for AFP 

• Breadboard test campaign for development 
and specific features such as access hole, 
equipment attachment point 

• Secondary bonding of thermoplastic 
laminates using tailored epoxy chemistry 
and surface pretreatments. 

 
Omega stiffener in CFRP/PEEK 

 

 
Automated Fibre Placement with in-situ 
consolidation 
 

 
Induction welding test sample 
 
Target TRL 5 at the completion of the activity, 2015 
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3.3 CFRP Engine Thrust Frame 

For optimization of Upper Stage structure mass, a 
development of CFRP Thrust Frame. New 
manufacturing methods for stringer stiffened skins is 
being developed as well as a CFRP End Cap 
manufactured by RTM. Subscale demonstrator on 
Breadboard level for different panel concepts as well 
as End Cap. 
 
Technological challenges: 

• Large temperature gradients and severe 
environments on the cryogenic upper stage. 

• Automated fibre placement for stringer 
stiffened cone structure with one shot 
manufacturing. 

• RTM Manufacturing of end cap 

 
¼ segment of RTM End Cap  
 
A panel development programme for both thermoset 
and thermoplastic resin systems has been performed 
both for manufacturing process developments and 
optimization, as well as a characterization with 
mechanical breadboard testing for the different 
concepts. 
 

 
Stringer stiffened panel segment CFRP/PEKK from 
one shot manufacturing process 
 
Achievements 

• Full scale design and analytical verification 
of CFRP Thrust Frame 

• Manufacturing demonstration of one shot 
manufacturing method for stringer stiffened 
panel. 

• Subscale verification tests on panels and end 
cap. 

• Mathematical model correlation for subscale 
test campaign 

 
Target TRL 3-4 at the completion of the activity, 
2013. A follow on activity with full scale tests to 
TRL 6 is under initiation. 
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3.4 Out-of-Autoclave Processing of large 
Thermoplastic Structures. 

 
This activity is dedicated to development, 

manufacturing and testing of an upper stage 
tank/payload cone/equipment bay interface Y-ring, 
using 3D CFRP preforms together with RTM 
technology.,  

 

 
View of 3D preform in RTM mould 
 
Technological challenges: 
• Design and manufacturing of 3D advanced 

preform(s) 
• Compilation of engineering data from 

testing samples 
• Detailed design of the Y-ring after selection 

of a suitable preform concept in a trade-off 
• Manufacturing and testing (under flight 

loads) of a sub-scale 360 degree demonstrator 
 

 

 
L-shape samples after machining 
 

 
Traction testing of a sample 

 
Achievements: 
 
After characterization and manufacturing trials 

on Breadboard level, a full scale demonstrator will 
be built and tested. 

The target TRL of this activity is 5, in 2014. 
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3.5 Out-of-Autoclave Processing of large 
Thermoplastic Structures. 

Manufacturing out-of-autoclave and out-of-over 
reduces investment cost and is the results from the 
studies show that material properties can reach 
promising levels. This activity was based on large 
panel manufacturing demonstration with 
performance verification on smaller Breadboard 
hardware. 
 
Technological challenges: 

• Processing out of autoclave/oven 
• Integrally heated tooling 
• Vacuum bag only, no external pressure 
• High laminate quality and strength 
• 2 m2 manufacturing demonstration, 

curved stringer stiffened panel. 

 
Out-of Autoclave curved demonstration panel 
 

4 Future activities  

Development of unpressurized CFRP structures 
are focuses of mass optimization, cost reduction 
and AIT simplification. Several activities are to 
be initiated focusing on technology maturation 
for new materials, processes and design 
concepts to pave the way for Ariane 6 and 
future European Launch Vehicles. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Nanoparticle reinforced interphases in fibrous 

polymer composites have attracted much interest [1-

3]. Natural candidates for multifunctional reinforced 

interphases are carbon nanotubes (CNTs) due to 

their extraordinary mechanical and electrical 

properties. 

More recently, Rausch et al. [4-6] reported on 

electrically conductive and mechanical improved 

interphases by using CNT modified sizing systems 

(Fig. 1a) introduced during the glass fibre (GF) 

spinning. It was found that during mechanical 

loading already minor deformations within the 

percolated CNT network tend to influence the 

electrical resistivity and could be used to evaluate 

the structural health of the interphase and thus early 

warning of a composite part. 

 

Fig. 1. Concept of CNT modified composite 

interphases for piezo-resistive health monitoring: a) 

As spun GF containing CNTs in the interface and b) 

CNT enriched interphase after composite 

consolidation  

Figure 1b) provides a closer look onto a CNT 

enriched interphase. The electrical conductivity is 

limited to the interphase while the surrounding 

matrix behaves as an electrical isolator. The 

electrical, mechanical and thermal properties of the 

interphases are governed by the sizing and matrix. 

During the consolidation process interdiffusion 

between sizing and matrix takes place yielding to a 

gradient interphase. 

Deformations which are used for monitoring the 

mechanical loading also occur upon heating due to 

thermal expansion of the polymeric matrix thus 

these interphases should also be thermo sensitive.  In 

fibrous composites these deformations are even 

amplified due to the mismatch in thermal expansion 

between fibre and matrix. 

Besides thermal expansions that tend to be 

responsible for resistivity changes, Alig et al. [6-7] 

performed conductivity spectroscopy on CNT 

polypropylene (PP) composites and identified the 

temperature itself as well as the degree of 

crystallinity, the annealing time at elevated 

temperature, and the network filler structure 

responsible for changes in conductivity. The most 

pronounced conductivity changes occurred during 

melting and crystallisation and were attributed to the 

increased ion viscosity of the amorphous phase and 

the contact region between individual CNTs. It can 

be distinguished between reversible conductivity 

changes and irreversible ones which can be related 

to a change in the PP/CNT morphology (e.g. 

dynamic percolation / reagglomeration at elevated 

temperatures). 

In the CNT sizing preparation aqueous dispersions 

are applied. As an emulsifier and dispersing agent 

poly(ethylene glycol) (PEG) is used which interacts 

with the CNTs and the PP. Müller et al. [9] used 

PEG as a dispersion agent in MWCNT polyethylene 

(PE) nanocomposites and investigated the blend 

system in terms of morphology and electrical 

conductivity. Depending on the applied shear rate 

during melt mixing either the MWCNTs remained in 
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the PEG phase or were pushed into the PE phase. 

For low shear rate manufacturing such as 

compression moulding of unidirectional composites 

it is likely that the CNTs remain in the PEG phase 

and might therefore be more sensitive to changes in 

thermal transitions of PEG rather than PP. 

The main objective of this work is to investigate the 

influence of the temperature onto conductivity of 

CNT reinforced glass fibre interphases. Therefore, 

unidirectional GF/PP composites manufactured with 

conducting interphases are tested towards thermal 

expansion (TMA) and dynamic mechanical 

behaviour (DMA) during thermal loading. In order 

to distinguish between electrical resistivity changes 

arising from deformations or polymer transitions, 

also neat matrix samples and samples with sizing 

such as CNT/PP-Films without fibres are studied.  

2 Experimental 

2.1 Glass Fibre Spinning and Interface 

Modification 

Two different types of GFs were spun at the 

Leibniz-Institut für Polymerforschung (IPF). Firstly, 

hybrid yarns consisting of continuous E-glass 

filaments and PP filaments (HG455FB, Borealis, 

Austria) were simultaneously spun and sized. This 

time, the same 3-aminopropyltriethoxysilane (APS) 

and PP film former were used, but without CNTs. 

Detailed information on these hybrid yarns and the 

process can be found elsewhere [4]. 

Secondly, the preparation of the functional fibres, E-

glass fibres with an average diameter of 17 µm were 

continuously spun and sized with an aqueous 1 wt% 

APS solution. In a subsequent process, the 120 tex 

filament yarns were coated with a CNT sizing using 

a horizontal/vertical padder type HVF in 

combination with a continuous coating system type 

KTF (both Werner Mathis AG, Switzerland). The 

CNT content within the sizing was systematically 

varied from 0.5 wt% CNTs relative to the solid 

content of the film former up to 5 wt%. For the 

sizing preparation, an aqueous dispersion of multi 

walled carbon nanotubes (Aquacyl IPFDD, Nanocyl, 

Belgium) was poured into a PP film former 

(Aquacer 598, Byk, Germany) and stirred for several 

minutes. The required solid content of the sizing was 

achieved by adding deionised water and additional 

stirring. After the coating process, all fibre types 

were annealed in circulating air oven at 180 °C for 

15 min. 

2.2 Neat Matrix and CNT/PP-Film Preparation 

The neat matrix was investigated using 2 mm and 

4mm thick injection moulded plates with dimensions 

of 80 x 80 mm
2
. The appropriate specimens were 

obtained by CNC milling of the plates.  

The same CNT sizing formulation used for the 

coating trials was applied for CNT/PP-Film 

preparation. The aqueous sizing dispersions were 

freeze dried at 0.001 mbar for 24 h. The dried sizing 

powders were than compression moulded at 

temperatures between 180 and 220 °C for annealing 

times between 1-15 min.  The resulting films had a 

thickness of 0.5 mm and could be easily cut into 

appropriate size using a scalpel. 

2.2 GF-Composite Preparation and Electrical 

Resistance Measurements 

For the preparation of the unidirectional composites, 

the CNT coated GF yarns were placed on a steel 

mandrel using conductive silver bond. During the 

next step, eight layers of nonconductive hybrid yarns 

were wound onto the mandrel in the direction of the 

CNT coated yarns. 

 

Fig. 2. Expansion mode set up used during TMA 

experiments: a) Thermo couple, b) Cables for 

resistance measurement and c) CNT/PP film 

specimen 

For hybrid yarn consolidation compression 

moulding (K207, Rucks GmbH, Germany) was 

applied. During the compression moulding, the 

temperature was increased up to the melting point of 

a) 

b) 

c) 
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the polymer (205 °C) then the pressure was 

increased up to the point where the glass fibres were 

fully wetted (1.4 MPa, 3 min). 

Specimens with the dimension of 40 x 10 x 2 mm
3
 

(DMA) and 6 x 6 x 4 mm
3
 (TMA) were cut from the 

plate using a diamond blade equipped circular saw. 

For the resistance measurement of the embedded GF 

yarn each specimen was equipped with electrical 

cables. In order to investigate the temperature and 

time dependent changes during thermo-mechanical 

loading a Keithley 2000 programmable electrometer  

in 2 wire setup and DC mode was used. The data 

acquisition at a sampling rate of one reading per 

second was realized using LabView software and a 

personal computer. 

2.3 Thermal Analysis 

Prior to the online electrical conductivity and 

thermal-mechanical measurements the neat polymer 

heat transitions such as melting, crystallization and 

glass transition were investigated by using the 

differential scanning calorimetry (DSC; Q2000 TA 

Instruments, USA) method. Two heating and one 

cooling run at 10 K/min were performed between -

50 and 200 °C in nitrogen. The thermal degradation 

of the same materials was observed using 

thermogravimetric analyses (TGA; Q500 TA 

Instruments, USA) at a heating rate of 10 K/min in 

air atmosphere. 

 

Fig. 3. Test setup used during the single cantilever 

DMA measurements: a) Test specimen, b) Cables 

for resistance measurements and c) Test fixture 

mounted onto DMA. 

The thermal expansion and electrical resistance of 

the unidirectional composites was measured 

perpendicular and along the direction of the fibres 

by a thermomechanical analyzer (Q400 TA 

Instruments, USA; Fig. 2). The corresponding 

mechanical properties were obtained during dynamic 

mechanical analyses (Q800 TA Instruments, USA; 

Fig. 3) in the same temperature range. The single 

cantilever mode with a free gap length of 17.5 mm 

and a deflection frequency of 10 Hz was used.  In 

order to minimize the temperature gradient within 

the specimen, the heating and cooling rate was set to 

1 K/min. 

3 Results and Discussion 

3.1 Thermal Stability during Composite 

Manufacture 

During the consolidation process of GF/PP 

composites sufficient amount of heat is required in 

order to melt the polymer and fully wet the fibres. 

The applied matrix and sizing systems must 

withstand these process temperatures in order to 

prevent depolymerisation which might yield to a 

reduction in physical properties.  

The degradation behaviour was studied by 

thermogravimetric analyses. From figure 4 and table 

1 it is evident that the matrix polymer (HG455FB) 

entirely withstands the maximum processing 

temperature (MPT) of 205 °C. 

 

Fig. 4. Thermogravimetric analyses for neat 

polymer, film former (Aquacer 598) and CNT 

dispersion (Aquacyl IPFDD) in air at a heating rate 

of 10 K/min  

a) 

b) 

c) 
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The Aquacer 598 film former provides the least 

stability towards temperature for all applied 

polymers. At MPT a weight loss of 1.5 % occurs 

which is still feasible for the composite manufacture.  

Tab. 1. Weight loss at annealing and processing 

temperatures 

 Weight loss[%] at 

 

1160 °C 180 °C 205 °C 

HG405FB 0.02 0.04 0.09 

Aquacer 598 0.29 0.62 1.55 

Aquacyl IPFDD 0.55 0.68 1.01 

 
The degradation of the CNT dispersion differs from 

both others because it can be deducted into two 

individual stepwise processes. Beginning at 250 °C 

the dispersing agent starts to depolymerize followed 

by the CNTs at 450 °C. 

3.2 Melting and Crystallisation Behaviour  

Differential scanning calorimetry was carried out in 

order to obtain a qualitative picture of the melting 

and crystallization behaviour. Figure 5 shows the 

heat flow during 2
nd

 heating for the matrix and 

sizing polymers, respectively. As expected, PEG is 

used as an emulsifier or dispersing agent for the 

CNTs (Aquacyl IPFDD) and the PP (Aquacer598) 

yielding to a melting peak above 30 °C. The PP 

motion within the film former results in a second 

melting peak at 155 °C.  

 

 

Fig. 5. Melting behaviour of PP matrix, individual 

sizing polymers and mixture of sizing polymers 

(Aquacer598 + 1wt% CNT) as applied during the 

coating process 

The matrix polymer (HG455FB) shows an increased 

melting peak temperature of 162 °C. Film former 

Aquacer 598 consists of lower molecular weight PP 

(Mw = 8.6 x 10
4
) than the PP matrix polymers (Mw = 

16 x 10
4
) which results in decreased peak melting 

temperatures as shown in Tab. 2.  

During heating and cooling it was not possible to 

identify the glass transition temperatures (Tg). This 

is in accordance with other studies on highly 

crystalline polymers since only the amorphous phase 

possesses a Tg. The DMA measurements will 

provide reliable data on the glass transition in the 

following chapters. 

Tab. 2. Melting and crystallization peak 

temperatures 

 

Polyethylene glycol Polypropylene 

 

TmPeak TcPeak TmPeak TcPeak 

 

[°C] [°C] [°C] [°C] 

HG455FB - - 162 117 

Aquacer598 31 -3 155 121 

Aquacer598 + 

1wt% 15min 31 -3 156 122 

Aquacyl 

IPFDD -20/33 30/-29 - - 

 
During cooling the Aquacer 598 film former begins 

to crystalize first, at a peak temperature of 121 °C 

(Tab. 2), followed by the HG455FB matrix polymer 

at 117 °C.  

 

 

Fig. 6. Crystallization behaviour of PP matrix and 

sizing polymers 

The crystallisation for the PEG phase differs 

significantly between Aquacer 598 and Aquacyl 
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IPFDD (Fig. 6) which can be attributed to the 

molecular weight distribution. For Aquacyl IPFDD 

two distinctive peaks can be observed with 

corresponding peak temperatures of 30 and -29 °C, 

respectively. Both systems have in common that 

crystallisation and melting occur either slightly 

above or below room temperature. Therefore, 

varying the room temperatures can be used to switch 

from crystalline to amorphous and vice versa. As 

mentioned during the introduction, the conductivity 

of CNT networks is also sensitive towards 

crystallinity and should therefore change 

significantly by varying the ambient temperature. 

Based on these findings of the Aquacer598 + 

Aquacyl IPFDD samples, the CNTs themself did not 

act as nucleation agents for the crystallization of 

PEG or PP. Filler contents up to 2 wt% of CNTs 

relative to the film former content were investigated 

at a cooling rate of 10 K/min.  

 

3.3 Electrical Behaviour of CNT/PP Films  

The effect of dynamic percolation in CNT/PP films 

was addressed by measuring the volume resistivity 

of compression moulded films processed at different 

annealing times. It was observed that for increasing 

CNT contents the electrical volume resistivity is 

decreased (Tab. 3). 

Tab. 3. Volume resistivity in CNT/PP films 

CNT filler 

content 

Annealing 

 

Volume 

Resistivity 

[wt%] [min] [Ώ cm] 

2  1 19,70 

2  15 22,42 

1  1 62,15 

1  15 65,24 

 

Increasing the annealing time did not show to have a 

significant influence on the volume conductivity as 

it was observed by Alig [6-7]. Therefore, annealing 

for 1 min at processing conditions seems feasible for 

reaching the equilibrium of dynamic percolation.  

 

The temperature dependency of a PP/CNT film was 

studied using the dynamic mechanical analysis 

(DMA) and the thermomechanical analysis (TMA). 

Fig. 7 reveals that the CNT/PP films possess only an 

individual Tg of -22 °C which is far below what is 

expected for neat PP. However, it is near the 

properties of neat PEG. This result highlights that 

the PP/CNT films are miscible blend systems of low 

molecular PP and PEG, reinforced with CNTs.  

 

 

Fig. 7. Dynamic mechanical (DMA) and 

thermomechanical (TMA) behaviour of a CNT/PP 

film 

The ability to withstand temperature is crucially 

determined by the Tg and the degree of crystallinity. 

As it was observed during the DSC investigations 

melting of the PEG begins at 15 °C. At this 

temperature a significant increase in the dimension 

change signal as well as position signal of the 

cantilever beam occurs which approves the DSC 

findings. Unfortunately, it is not possible to increase 

the temperature further without irreversible changes 

of the morphology of the CNT/PP film. Therefore, it 

is not possible to perform cyclic DMA 

measurements above 15 °C without getting problems 

with the cantilever beam deformation during 

measuring.  

 

Fig. 8. Electrical response upon temperature during 

thermomechanical analysis for a CNT/PP film 
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Although cyclic TMA measurements do not bear as 

much mechanical load on the PP/CNT film as DMA 

ones, there is an irreversible dimension change 

during the first heating run shown in Fig. 8. As 

expected, the film expends upon heating but reaches 

a maximum at 40 °C. Until the end of the first 

heating run the film contracts due to the molten PEG 

phase. In this temperature region PP does not melt as 

shown during the DSC measurements but becomes 

softer and residual stresses can relax. The relaxation 

during the first heating explains why the expansion 

and contraction upon heating and cooling is 

reproducible for the consecutive runs and differ 

significantly from the first heating (Fig. 8 and 9). 

 

 

Fig. 9. Melting and crystallization of PEG phase 

within a CNT/PP film 

Upon the 2
nd

 heating run the dimension change is 

significantly increased in the temperature region 

between 15 and 40 °C which corresponds to the 

melting region of PEG identified by DSC 

measurements (Fig 9). The specific density of a 

crystalline structure is lower than for an amorphous 

one thus the dimension change increases when 

crystals start to melt. Vice versa the dimension 

change is decreased when passing the crystallization 

region between 20 and -10 °C. The dimension 

change signal fulfills a hysteresis in the temperature 

region above the crystallization. Below the 

crystallization temperature heating and cooling yield 

to the same dimension change. 

As mentioned initially, the electrical resistance is 

believed to be affected by melting and 

crystallization. Fig. 10 shows the electrical 

resistance change during heating and cooling. In 

principle, increasing the temperature tends to 

decrease the electrical resistance. Upon heating a 

steep increase in electrical resistance occurs which 

corresponds to the temperature region where 

dimension change indicated melting. Above the PEG 

melting temperature the electrical resistance starts to 

decrease as expected. This is of particular interest 

since the melting of the PEG can be identified by the 

electrical resistance signal.  

 

 

Fig. 10. Simplified electrical resistance behaviour 

for a CNT/PP film 

Upon cooling the electrical resistance fulfils the 

same hysteresis as previously observed during the 

dimension change measurement. Again, the 

hysteresis ends when the crystallisation comes to an 

end and below 0 °C both signals are identical. The 

crystallisation can be identified by the electrical 

resistance as well as melting by a steep increasing in 

the resistance upon cooling. 

3.4 Electrical Behaviour of multifunctional CNT 

modified interphases in unidirectional GF 

composites 

The interphases occupy only a very small volume in 

fibrous composites, as illustrated in Fig. 1. The 

majority of the composites' volume consists of the 

matrix and the glass fibres. Therefore, it is likely that 

thermomechanical properties of unidirectional 

GF/PP composites differ from CNT/PP films 

(interphase). 
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The storage and loss modulus for the GF/PP 

composite, matrix (HG455FB) and CNT/PP film 

upon heating are shown in Fig. 11 and Fig. 12, 

respectively. The lowest modulus and glass 

transition temperature shows the CNT/PP film 

followed by the neat matrix. The storage modulus 

perpendicular to the fibres (GF/PP 90°) is 

significantly lower than along the fibres (GF/PP 0°), 

as expected. Upon heating distinctive transitions 

reflected by the changes of storage and loss modulus 

slope can be identified (Fig. 11, dotted black lines). 

For the GF/PP composites these changes in the 

modulus slope are distinguished by the matrix rather 

than the interfaces. 

 

Fig. 11. Storage modulus during heating run 

 

Fig. 12. Glass transitions for applied polymers and 

composites 

The first transition occurs above Tg (-2 °C) due to 

the increased chain mobility of the polymer followed 

by a second one around 50 °C. Since PP melting 

takes place at higher temperatures and the matrix is 

free of PEG which melts at temperatures above 30 

°C the second transition might be due to annealing at 

room temperature. For a better understanding of the 

second transition cyclic TMA measurements on the 

neat polymer and the GF/PP composites were 

performed (Fig. 13-16). During the first heating run 

thermal relaxations occur in the matrix PP and the 

GF/PP composites as shown in Fig. 13 and Fig. 15, 

respectively within the temperature region of the 

second transition. 

 

Fig. 13. Dimensional relaxations in HG455FB (neat 

PP) during first heating run  

 

Fig. 14. Cyclic dimension changes in HG455FB neat 

PP during heating and cooling  
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During the consecutive cyclic runs no thermal 

relaxations can be observed (Fig. 14 and Fig. 16). In 

contrast to other engineering thermoplastics PP has a 

Tg (- 2 °C) significantly below room temperature. In 

general, relaxation and recrystallization takes place 

above the Tg. Therefore, keeping PP at room 

temperature will equilibrate/optimise its structure 

(annealing). The temperature stability of this effect 

is limited. Heating above annealing temperature will 

erase this effect yielding to dimensional relaxation 

and a reduction in storage modulus (Fig. 18).  

 

Fig. 15. Dimensional relaxations in unidirectional 

GF/PP composites during first heating run 

 

Fig. 16. Cyclic dimension changes in unidirectional 

GF/PP during heating and cooling 

The effect of the mismatch of thermal expansion 

between fibre and matrix on to the dimensional 

change of GF/PP composites is shown in Fig. 16. It 

differs significantly from the dimensional change of 

the neat matrix (Fig. 14). Along the x-direction 

(fibre) the thermal expansion is much lower than in 

both other directions (z and y) which are controlled 

by the thermal expansion of the matrix. This 

mismatch is likely to produce additional strains in 

the interphase. 

Fig. 17 shows the electrical resistance of the 

composites with CNT modified GF interphases 

during cyclic heating and cooling. Similar to the 

CNT/PP films increasing the temperature tends to 

decrease the resistance while decreasing the 

temperature tends to increase the resistance.  

 

Fig. 17. Electrical resistance behaviour of 

unidirectional PP/GF-composites with 

multifunctional CNT modified interphases along the 

fibre axis during thermal cycling 

 

Fig. 18. Different electrical and mechanical 

behaviour during first (green/blue) and consecutive 

(red/black) cycles due to thermal relaxations 

 

Below – 20 °C the electrical resistance upon heating 

and cooling is identical (Fig.18). Above – 20 °C 
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electrical resistance and storage modulus perform a 

hysteresis similar to the one which was observed for 

the CNT/PP films. In contrast to the CNT/PP films 

neither the beginning nor the end correspond to the 

onset of melting or offset of crystallization for PP or 

PEG. Upon heating the electrical resistance changes 

almost linear with increasing temperature and 

reaches lowest resistance values near 80 °C. For 

higher temperatures the resistance starts to increase. 

During cooling the resistance decreases until 60 °C 

than it increases almost linear with the temperature 

until -50 °C. 

The thermal relaxation which was observed during 

the first heating run in DMA and TMA is also 

evident in the electrical resistance signal (Fig.19). 

Instead of further decreasing the electrical resistance 

begins to increase from 40 °C and reaches a 

maximum at 50 °C. Upon further increasing the 

temperature the electrical resistance and the modulus 

signal go back to their baseline signal. This founding 

emphasizes that thermal relaxations in unidirectional 

GF/PP can be detected by electrical resistance 

monitoring within CNT modified interphases 

4 Conclusions 

The piezo-resistive behaviour of CNT/PP films upon 

thermomechanical loading was determined to detect 

melting and crystallization of the dispersing agent 

containing PEG phase within the film. For a deeper 

understanding of the electrical resistance changes 

occurring upon melting and crystallization it is 

necessary to investigate the morphology of the 

CNT/PP/PEG blend system and how it develops 

with temperature. 

For unidirectional GF/PP composites with CNT 

modified interphases thermal relaxation was 

detected by the electrical resistance. It was shown 

that the PEG melting and crystallization do not tend 

to influence the electrical resistance of the interphase  

although it primarily consists of the same material as 

the CNT/PP film. For a better understanding how the 

thermal expansion and the interdiffusion between 

sizing and matrix affects the electrical resistance 

further investigation is underway. 
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1 Introduction  

Since several decay, ceramic matrix composites are 

developed for aeronautical and spatial applications 

[1]. Due to their high thermal resistance and their 

low density this kind of material is useful especially 

in the hot parts of engines. These composites are 

usually elaborated by infiltrating a woven preform 

by chemical vapor infiltration to form a ceramic 

matrix. Other processes can also be used to form the 

matrix. In particular ceramic processes in which a 

slurry impregnation including filler powder and 

liquid polymer can be used [2-4]. The active fillers 

are aimed at reducing the volume shrinkage resulting 

from the pyrolytic conversion of polymer to ceramic 

(Fig. 1) [5,6]. Si3N4-based materials represent one of 

the most promising structural materials owing to 

their high heat resistance, hardness, chemical 

resistance and good oxidation resistance [7]. In this 

context, titanium disilicide TiSi2 was identified as 

interesting active filler: under nitrogen atmosphere, 

the nitridation of this phase starts in a temperature 

range around 1000°C to form TiN and Si3N4 (Fig. 2) 

generating a 57% volume increase [8]. This property 

was previously used to produce efficient self-aligned 

diffusion barrier from nitridation of TiSi2 in the 

temperature range 900-1000°C for durations 

comprised between 60 seconds to 60 minutes, the 

so-obtained phases were TiN and silicon that reacts 

with nitrogen very slowly at these temperatures [9-

11]. TiN-Si3N4 composites represent an interesting 

combination with specific properties: high strength, 

low density, electrical conductivity [12].  This kind 

of composites can be easily obtained by self-

propagating high temperature synthesis (SHS) under 

nitrogen atmosphere [13]. Nevertheless, the 

temperatures can reach values above 2000°C during 

the process, what is incompatible with the 

production of SiC-fiber composites due to the 

relatively low thermal stability of the SiC fibers 

(Nicalon fibers) that became unstable at temperature 

above 1100°C. It is then necessary to work at a 

maximum temperature of 1100°C. Several previous 

studies were realized on the nitridation of silicon 

powders that detailed the effects of the main 

controlling factors: temperature [14-17], particle 

shape and size [16], impurities in the sample and in 

the atmosphere [18-20], composition of the 

atmosphere [21,22]. It appeared in this analogous 

subject that the definition of a general mechanism 

was laborious. Then, extensive and complete studies 

of the kinetic analysis of silicon nitridation were 

reported [20,22]. The kinetic and mechanism of 

titanium powders nitridation into TiN were also 

examined [24,25]. The results for synthesis up to 

1000°C demonstrate that the complete conversion is 

possible after durations of only a few hours. The 

process of titanium nitridation indicates two steps: a 

rapid dissolution of nitrogen in α-Ti, and a slower 

heterogeneous reaction of the nitrogen-saturated α-

Ti with N2 to generate TiN [25]. The main aims of 

the study reported here were to complete the 

previous works [26] by identifying the influence of 

time, temperature and particles size on the TiSi2 

nitridation progression. The heat treatments were 

then realized under nitrogen principally at two 

different temperatures (1000 and 1100°C) and for 

two particles sizes (1.4 and 4.5 µm). The heating 

was maintained for long durations up to 100 hours. 

 

2-Materials and experimental procedures 

The TiSi2 powder (99.95%, 44 µm, Neyco) used in 

these experiments was analyzed by spectrographic 

analysis to contain 1.64% O, 0.43% C and 0.48% Fe 

in mass. The raw powder was milled by two 

different ways: with a vibratory mixer mill (Retsch 

MM200), or with a planetary ball mill (Fritsch 
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Pulverisette 7). By these ways, two powders with 

mean sizes equal to 4.5 and 1.4 µm were obtained 

and used in the present work. The mean sizes of the 

powders were determined with the help of a Fritsch 

Analysette 22 Nanotec plus granulometric analyser. 

Nitridation processes were realized at normal 

pressure under a continuous nitrogen gas flow 

(50mL/min). The heating were performed in a 

furnace or in a thermogravimetric analyzer (Setaram 

TAG24) from 20°C to 1100°C at a heating rate of 

10°C/min for various durations up to 100 hours. The 

powder masses used for thermogravimetric analysis 

were comprised between 100 and 110 mg. The 

powders treated in a furnace were destined to X-ray 

diffraction (XRD) measurements. Indeed, these 

diffraction experiments were used for phase 

identification and quantitative phase determination 

in samples of sufficient size ( 200 mg) which 

permitted accurate powder diffraction profiles to be 

obtained [27]. Each pattern was analyzed using the 

Rietveld [28] whole profile fitting method with the 

software Fullprof [29]. XRD experiments in Bragg-

Brentano geometry were performed with a Bruker 

D8 Advance diffractometer using a Cu Kα radiation 

fitted with a one-dimensional position sensitive 

silicon strip detector (Bruker, Linxeye). XRD 

patterns were recorded using a step size of 0.01° for 

2θ range 10-90° and a counting time of 0.3 second 

per step.  

 

 

3 Results and discussion 

3.1 Effect of the nitridation temperature 

The milled powders were both nitrided at 

temperatures equal to 1000 or 1100°C for durations 

up to 100 hours. As clearly demonstrates by the 

Figures 3 and 4, it appears that the shapes and the 

maximum of the weight gain curves are very 

different. It is worth noting the very good agreement 

between the results of the two types of nitridation 

device. The stabilized maximum value measured at 

1000°C is of 14.29% (1.4 µm) whereas the 

corresponding value at 1100°C is comprised 

between 25.22% (4.5 µm) and 31.69% (1.4 µm). For 

the same duration, the values at 1100°C are nearly 

twice than the ones at 1000°C, this revealed a strong 

dependence of the reactivity towards the applied 

temperature. This is confirmed by the phase’s ratios 

from Rietveld analysis (Fig. 5). Regardless of the 

particles sizes, the mass ratios of free silicon coming 

from the decomposition of the initial TiSi2 are higher 

than 40% at 1000°C and the corresponding 

proportions of Si3N4 are barely detectable even for 

the highest duration. At 1100°C, the percentages of 

free silicon are clearly lower and decrease relatively 

rapidly depending on the powder size. Moreover, the 

mass percentages of Si3N4 are largely higher 

reaching values of about 8.0% and 55.0% after 

heating of only 50h. It is then very clear that silicon 

nitridation is strongly temperature dependant. This is 

evidently not the case for the nitridation of titanium. 

Indeed, in all cases titanium nitride TiN is rapidly 

synthesized with mass contents higher than 40%. 

This difference of behavior between silicon and 

titanium can be mainly justified by the following 

facts: considering the Ti-N phase diagram (Fig. 6), 

several phases can be formed within the 1000-

1100°C temperature range i.e. metallic α-Ti and β-Ti 

and their solid solutions, the solid solution TiN1-x 

and its nitrogen richest limit TiN. As a consequence, 

titanium coming from TiSi2 decomposition can react 

with nitrogen thought a mechanism that promotes a 

progressive increase of nitrogen within titanium. In 

fact, one can consider that metallic titanium captures 

progressively nitrogen atoms with structural 

transformations depending on the constituent ratio. 

When metallic titanium reaches its nitrogen richest 

limit, the addition of a few nitrogen atoms induces a 

modification of titanium crystallographic network 

from BCC to FCC, what authorized the nitrogen 

enrichment through the TiN1-x solid solution (FCC) 

up to the formation of the richest nitrogen 

composition i.e. TiN. This stepped and progressive 

mechanism facilitates the formation of the TiN 

phase. This kind of mechanism is not possible with 

the case of the Si3N4 phase because there is no other 

phase and no solid solution in the Si-N system. 

Another important fact to take into account is the 

values of the self-diffusion coefficients of N, Si and 

Ti within the TiN and Si3N4 phases. As shows in the 

Figure 7, it appears that the self-diffusion 

coefficients of Si and N within Si3N4 are clearly 

lower than the ones of N within TiN. No available 

values being given in literature for the self-diffusion 

coefficient of Ti in TiN, we report the values for the 

diffusion of Ti within α-Ti and in TiC1-x which is an 

isostructural phase of TiN. As shown by Gülpen et 

al. [37,38], the layer kinetic growths directly depend 
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on those diffusion coefficients as indicated by the 

Equation 1. This means that in the considering 

temperature range, the Si3N4 growth kinetic is 

largely lower than the one of TiN despite close 

Gibbs energies of formation  

(at T = 1100°C, GΔ
0
TiNf   = -2.067.105 J.mol

-1
  

and  

GΔ
0

N4Si3f = -3.892.105 J.mol
-1

). 

 
R.T

GΔ
D.ND.N-  D

~
int

0
γf*

AB
*
BA   Equation 1 

with : 

D
~

int  : the integrated diffusion coefficient of growth 

of the γ phase, 

NA and NB mole fraction of species A and B, 

respectively, 

D
*
A  and D

*
B  : the self diffusion coefficient of 

species A and B, respectively, 

GΔ
0
γf  : the Gibbs energy of formation per mole of 

the γ phase. 

 

3.2 Effect of the particle size 

The influence of the particle size was studied by 

nitriding two powders with different mean size i.e. 

1.4 and 4.5 µm. The so-obtained weight increase 

during nitridation at 1100°C is largely higher with 

the smaller particles than with the bigger ones (Fig. 

4). Nevertheless, at a temperature of 1000°C the 

weight increases for the both powders are practically 

the same, they are equal to 14.29% and 14.60%, 

respectively. However it must be underlined that, in 

this case, the smaller particles react with a greater 

initial rate. Furthermore, at 1100°C a higher 

conversion rate is reached in a given amount of time. 

This can be attributed to the increase in the reactive 

surface area, thereby enhancing the exposure 

between the TiSi2 and the nitrogen. 

Large particles provide large macropores, but at the 

expense of decreased surface area. On the other 

hand, small particles provide increased reactive area 

for the same void fraction, but lead to smaller 

macropores which inhibit nitrogen diffusion. This 

assertion is confirmed by the mass percentage 

variations of the different phases (Fig. 5). Indeed, 

regardless of the temperature, the TiSi2 apparent 

decomposition kinetic is obviously higher for the 

smaller particles. This indicates that, despite the low 

reaction kinetic of Si3N4 formation, the 

decomposition of the starting phase is increased 

because of a higher reaction surface leading to the 

galloping formation of TiN. It also appears that the 

used of smaller powders facilitate the reaction 

between silicon and nitrogen especially at 1100°C so 

much so that free silicon is no more detectable by X-

ray diffraction experiments after 50 hours at 1100°C. 

In the same time, the cumulative mass fractions of α-

Si3N4 and β-Si3N4 reaches a total of 51.4 mass% 

which is a value largely higher than the other ones 

obtained for this duration. The corresponding value 

for the powder with the higher grain size is only of 

16.1 mass% with 33.3 mass % of silicon.  

 

3-3 Description of the TiSi2 nitridation process 

On the basis of the results presented above, the 

nitridation process of TiSi2 can be described on the 

base of the study realized by R.G. Pigeon et al. about 

the nitridation of silicon powders [20]. Indeed, in 

their work these authors demonstrate that the 

nitridation of silicon consists of a reaction-bonding 

process divided into three major stages: (1) initial 

nucleation/devitrification, (2) massive nitridation, 

and (3) final nitridation. During the first stage, 

silicon exposed at the surface of the powder heap is 

converted into silicon nitride nuclei which are at the 

origin of a seeding effect inducing the second stage 

with a fast and massive nitridation rate. During this 

second stage, nitrogen is able to diffuse freely 

through the macropores. However, the volume gain 

induces by the particles nitridation decreases the 

permeability and consequently slows down the 

conversion kinetic, what corresponds to the third 

stage of the silicon conversion process. From our 

point of view, the same kind of analysis can be 

applied to the nitridation of TiSi2 with one major 

difference: the presence of titanium. TiSi2 was 

chosen because of its great volume gain after 

nitridation equal to 57.0%. Compared to the 

corresponding value for pure silicone that is 21.6%, 

the volume increase during TiSi2 conversion is very 

larger and evidently generates a dramatically 

decrease of the permeability of the powder and 

consequently an intense slowdown of the mass gain. 

The main difference between the present study and 

the one of R.G. Pigeon et al. [20] is then a 
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competition between the nitridation of titanium and 

silicon. From the results reported above, it is quite 

clear that the nitridation of titanium is clearly faster 

in any case and the kinetic gap is especially elevated 

at 1000°C. Nevertheless, the shapes of the curves are 

quite similar despite the existence of two different 

reactions with very different intrinsic kinetics. The 

consequence of the rapid titanium nitridation is that 

the lowering of permeability is essentially induces 

by this reaction. Indeed, the formation of a TiN layer 

around the grain as it can be seen in the Figure 8 

plays the role of a diffusion barrier limiting the 

nitridation of silicon. As a consequence, a 

underlying layer of pure silicon is formed under the 

TiN layer (Fig. 8). At the third stage, the conversion 

rate is then relatively low but strongly depends on 

the particles size. Indeed, it appears that a reduction 

of the mean size of the powder makes possible to 

reach a conversion rate largely higher because of a 

more important area of contact between powder and 

the gas and also because of a reduction of the 

diffusion distances. In our case, this effect appears to 

be insufficient to reach rapidly a full conversion. As 

reported by R.G. Pigeon et al. [20], the compact 

effects dominate with the formation of a dense 

product layer on the outer edges of the raw powder. 

The full conversion is consequently difficult in the 

case of large sized samples. More clearly, the global 

conversion rate and the final conversion value 

strongly depend on the quantity of matter to react. 

This process is interesting and efficient only in the 

case of small objects.  

Regardless of the application, one possibility to 

reach a full conversion should be to apply higher 

temperatures. That is why thermogravimetric 

analyses were also realized on the two kinds of 

powder at 1150 and 1200°C up to durations equal to 

10h. The results show in the Figure 9 demonstrate 

that the use of small grain powders is no more 

interesting from 1200°C, the corresponding mass 

gain is in this case smaller with the smaller sized 

powder (30.8%) than with the larger sized one 

(41.4%). At 1150°C, the values after 10h of 

nitridation are practically the same: 28.7% for the 

finer powder and 26.8% for the coarser one. So, it 

appears that the used of finer powders can induce 

higher conversion kinetics but the effect is strongly 

dependant on the temperature. Evidently, the 

increase of conversion rate with fine powders at high 

temperatures is conjugate to a negative effect that is 

the formation of a dense layer of silicon at the 

surface of the powder heap preventing diffusion of 

nitrogen inwardly. So, the use of powders with finer 

grains size involves identifying the optimum 

processing temperature in order to limit adverse 

effects which inhibit the conversion reaction.  

4 Conclusion 

On the basis of the silicon powders nitridation 

mechanism reported previously [6], the TiSi2 

powders nitridation process can be described by 

three different steps: initial nucleation, massive 

nitridation, final nitridation. The difficulty to reach a 

full conversion comes from a lowering of 

permeability because of the rapid nitridation of 

titanium which generates a noticeable volume gain. 

Nevertheless, this process is a promising way to 

product matrix of composites. The research of 

alternative solution to promote and to facilitate the 

full conversion should be shortly examined. 

 

 
Fig. 1. Theory of active filler. 

 

 
Fig. 2. Calculated isothermal Ti-Si-N diagram at 

1373 K [8]. 
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Fig. 3. Evolution of the mass increases at 1000°C of 

the two kinds of powder with d50=1.4µm and 

d50=4.5µm. 

 

 

 

 
Fig. 4. Evolution of the mass increases at 1100°C of 

the two kinds of powder with d50=1.4µm and 

d50=4.5µm. 

 

 

 

 
a) 

 
b) 

 

 
c) 

 

 
d) 

 

Fig. 5. Phases quantifications by Rietveld method 

during nitridation of TiSi2 powders: a) powder with 

d50=4.5µm at 1000°C, b) powder with d50=1.4µm at 

1000°C, c) powder with d50=4.5µm at 1100°C, d) 

powder with d50=1.4µm at 1100°C. 
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Fig. 6. Calculated Ti-N phase diagram [8]. 

 

 

 

 
 

Fig. 7. Values from the literature of the self-

diffusion coefficients (D*) of Ti and N in the phase 

TiN and values for Si and N in the phase Si3N4 

[30,31,32,33,34]. The values of the self-diffusion 

coefficients of titanium in α-Ti and in TiC1-x are also 

given [35,36]. 

 

 
 

 
 

Fig. 8. TiSi2 grains nitrurated at 1100°C during 5h 
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a) 

 

 
b) 

 
Fig. 9. Thermogravimetric curves of TiSi2 at 1000, 

1100, 1150 and 1200°C for:  

a) powder with a grain size of about 4.5µm and  

b) powder with a grain size of about 1.4µm. 
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Abstract 

A method for producing copper coatings on 

carbon/epoxy polymer matrix composites (PMCs) is 

investigated and coated PMCs (CPMCs) are 

characterised. Characterisation tests include 

resistance to elevated temperatures and short-beam 

strength. An integrally heated composite tooling 

(IHCT) demonstrator is fabricated from CPMCs and 

is compared with other types of IHCTs. 

1 Introduction 

Quality and reproducibility of polymer matrix 

composites (PMCs) are related to the manufacturing 

process. Traditionally in the aerospace industry, 

PMCs were manufactured using an autoclave. 

However, with the advent of larger and more 

numerous PMCs parts the operational cost is 

becoming prohibitive which led to the development 

of out-of-autoclave manufacturing technologies [1]. 

The National Research Council of Canada – 

Aerospace Structures and Materials Performance 

developed an out-of-autoclave process where an 

integrally heated composite tooling (IHCT) is used 

for curing PMCs [2]. The IHCT has a PMC structure 

that provides a lightweight tool and mitigates the 

mismatch in thermal expansion between the tool and 

PMC part. Heating is provided by a series of surface 

heaters.  However, placing surface heaters directly 

on the PMC would result in hot spots due to low 

PMC thermal conductivity. The solution was to 

bond a copper sheet on the outer surface of the 

IHCT for improving heat distribution. 

A practical difficulty for manufacturing the IHCT 

is the forming of the copper sheet. This becomes 

impractical when the tool features curved shapes and 

is manufactured in small series. In such cases, 

applying a thermally conductive metallic coating 

would be more convenient and would ensure proper 

thermal contact between the PMC and the copper. 

Metallic coatings can be quickly deposited on 

metals using thermal spray processes. However, 

using these processes on PMCs may introduce 

several issues such as poor adhesion, delamination, 

erosion, melting and thermal degradation [3,4]. That 

is especially true for epoxy-based PMCs. 

Nevertheless, Robitaille et al. deposited a zinc 

coating on carbon fibre/epoxy PMCs using pulsed-

gas dynamic spraying (PGDS) [5], a process in 

which kinetic energy is used for anchoring metallic 

particles on a substrate by intense plastic 

deformation. In this case, erosion of the PMC was 

prevented by co-curing a protective layer on the 

surface of the PMC, which also enhanced coating 

adhesion. This co-cured layer featured copper 

particles embedded in epoxy. The same technique 

was later used for applying and optimising the 

density of copper coatings on carbon/epoxy PMCs 

[6]. 

Work presented here continued the characterisa-

tion of the PGDS coated PMCs (CPMCs) featuring 

copper coatings. It focuses on the fabrication of the 

PMC substrates on which coatings are applied, on 

the CPMCs resistance to elevated temperatures and 

on their mechanical behaviour. Finally, an IHCT 

demonstrator was fabricated and the temperature 

uniformity across its inner surface is compared with 

that of other types of IHCTs. 

2 Experimental 

2.1 Substrate 

PMC laminates used as substrates for the coatings 

were made using carbon fibre/epoxy unidirectional 

prepreg (SE-70, Gurit) with a [0, 90]6S stacking 

sequence. A layer of pure copper powder (Cu 159-2, 

Praxair) was manually distributed over the surface of 

the prepreg stack before cure. The copper powder 

was produced by gas atomisation and featured 
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spherical particles ranging from 75μm to 125μm in 

diameter. Prepreg and powder stacks with two 

different copper loadings, 20g/cm
2
 and 50g/cm

2
, 

were fabricated. For the higher loading a resin film 

(SA-70, Gurit) was added on the surface of the 

prepreg stack to increase the resin content available 

for infusing through the copper powder bed. 

The prepreg and powder stack was vibrated prior 

to consolidation for improving local distribution of 

the copper powder. Afterwards, the prepreg and 

powder were co-cured in an oven using out-of-

autoclave vacuum bagging. During cure, excess 

resin from the prepreg stack seeped through the 

copper powder, embedding particles on the surface 

of the laminate and producing the substrate used for 

coating. 

Cross-sections were cut from the substrates for 

microscopic inspection. Samples were cast in epoxy 

resin and polished using an automatic polishing 

machine (Tegrapol-31, Struers). Inspection was 

then performed using an optical microscope 

(Olympus XJP-3A), with image analysis (Clemex 

software) used for measuring the thickness and 

copper content of the co-cured layer. 

  

2.2 Coating process  

Coatings on the substrates were made from two 

pure copper powders (Fig. 1). The powders were a 

water atomised powder (Cu 105-3, Praxair) and an 

electrolytic powder (SST-C5003, Centerline). 

Particles of Cu 105-3 powder featured an irregular 

shape with a sub-angular structure and an average 

diameter of 35μm. In contrast, particles of SST-

C5003 powder featured a grape-like and dendrite 

structure with a wide array of particle diameter sizes 

ranging from 5μm to 45μm. 

The powders were sprayed using a PGDS system 

(Waverider, Centerline). The process appears in Fig. 

2. In this process, a shockwave is used for 

accelerating a gas in a gun barrel to high velocity. 

Powder is then injected into the flow and particles 

are projected towards a substrate.  Upon impact with 

the substrate, the particles undergo significant plastic 

deformation which enables coating formation from 

mechanical interlocking. A more thorough 

explanation of the PGDS process is available in [7]. 

Coating density can be optimised through several 

spray parameters including spray gas, gas pressure 

and gas temperature. Spraying parameters for the 

CPMCs used in this study were helium as a 

propellant gas, at a pressure of 3MPa and 

temperature of 90°C. These parameters were based 

on optimisation of copper coatings for carbon/epoxy 

PMCs presented in a previous study [6]. 

Cross-sections of the coatings were inspected for 

porosity through optical microscopy. Inspection 

followed the same procedure as the one used for the 

substrate. 

 

2.3 Resistance to elevated temperatures 

CPMC samples were subjected to thermal cycling 

for assessing their resistance to elevated 

temperatures and thereby addressing one concern 

regarding their viability in a potential IHCT 

application. The concern arises from the differences 

in thermal expansion coefficient (CTE) between the 

CPMC materials that generate thermal stresses 

during heating. This potentially leads to damage 

such as delamination. 

 

 

 

Fig. 1. SEM image of copper spray powders,  

a) Cu 105-3 and b) SST-C5003 
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Fig. 2. Copper coating a PMC laminate 

 

Two samples were tested for thermal cycling (Fig. 

7). The first CPMC sample featured a Cu 105-3 

coating that was milled and polished. The sample 

was 15mm wide, 15mm long and 4.5mm thick. The 

second CPMC sample featured an as-sprayed SST-

C5003 coating. The sample was 25mm wide, 43mm 

long and 5.5mm thick. 

The samples were heated in 4 sequential cycles 

reaching maximum dwell temperatures of 150°C, 

200°C, 250°C and 250°C respectively. A heating 

cycle consisted in heating a sample in an oven at a 

rate of 2°C/min up to the specified dwell 

temperature. The dwell temperature was held for 1 

hour. Afterwards, the oven was turned off and the 

sample was cooled back slowly to room 

temperature. After each cycle the samples were 

examined for damage using a stereo-microscope 

(Ancansco). 

 

2.4 Mechanical behaviour 

The short-beam strength test was used for 

characterising the mechanical behaviour of CPMCs. 

Testing followed the ASTM D2344 standard [8]. 

CPMC samples featured milled coating surfaces and 

were 11.4mm to 12.7mm wide, 30mm to 40mm long 

and 4.8mm to 5.1mm thick. Thicknesses of the PMC 

and coatings layers were approximately 2.4mm and 

2.2mm respectively. Testing was performed using an 

Instron 4482 load frame with three-point bending 

fixtures having 6.3mm radius supports and loading 

nose, and a span of 25.5mm. Loading was applied at 

a rate of 1mm/min.  

The change in mechanical behaviour due to 

increasing temperatures was assessed using an 

environmental chamber (Instron 3111) installed on 

the load frame. Samples were tested at 25°C, 70°C 

and 120°C. These temperatures were selected based 

on the 99°C glass transition temperature Tg of the 

PMC used in this study. This Tg was measured from 

the differential scanning calorimeter (Q1000, TA 

Instruments) results obtained by Hugo Laurin at 

National Research Council of Canada – Aerospace 

Manufacturing Technology Center. 

In addition to the short-beam strength values, 

classical bending theory was used in developing 

bending and shear stresses equations for CPMCs. 

Equations are based on uniform width multilayered 

composite beams [9]. For n number of layers, the 

axial bending stress σx in a specific layer i is given 

by: 

,

1

x i n in

j j

j

M
y y E

E I

 

(1) 

where M is the bending moment, yn is the location of 

the neutral axis, y is the distance from the bottom 

surface of the beam, E is the flexural modulus of 

elasticity, I is the second moment of area, and 

subscripts i and j represent material layers. 

Similarly, the shear stress xy in a layer i is given 

by: 

1
,

1

i

k
k

xy i n

j j

j

Eydy

V

E I

 
(2) 

where V is the shear force and subscript k represents 

a material layer. The moduli in equations (1) and (2) 

are taken as 100GPa for the copper coating based on 

literature [10] and 7GPa for the co-cured layer based 

on the Mori-Tanaka model [11]. The flexural moduli 

of the PMC layer were experimentally measured at 

70GPa, 60GPa and 15GPa at temperatures of 25°C, 

70°C and 120°C. 

It is important to note that stress values calculated 

from equations (1) and (2) only provide rough 

estimates for comparing the samples in this current 

study. This is because the equations assume a 

completely elastic behaviour without any slippage 
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between layers and mostly because they do not 

account for the complex stress field caused by the 

combined bending, shear and compression.  

 

2.5 Tooling demonstrator 

A flat heated plate demonstrator (Fig. 3.a) was 

fabricated for investigating the use of CPMCs as a 

potential IHCT material. The demonstrator 

measured 150mm by 150mm and featured a 4mm 

thick cross-ply PMC layer, a 0.35mm co-cured layer 

and a 2mm thick SST-C5003 copper coating. The 

coating was sprayed using the same parameters as 

for the samples used for thermomechanical 

characterisation. The coating was polished and 

machined locally for providing a smoother contact 

surface with the heater. Heating was provided by a 

75cm
2
 surface heater (MINCO) bonded onto the 

copper coating surface of the demonstrator. The top 

and bottom surfaces of the demonstrator were 

insulated using a 140mm thick insulation blanket 

(R24, Roxul) for minimising heat losses. 

The demonstrator was heated for 800s by 

supplying 15W to the heater. An infrared camera (i7, 

FLIR) was used for characterising the surface 

temperature distribution across the demonstrator 

inner PMC surface after heating. 

The surface temperature distribution of the 

demonstrator (plate #1) was compared to the ones of 

two other heated plate demonstrators. These plates 

measured 150m by 150mm and featured a 4mm 

thick PMC layer. Plate #2 only consisted in a bare 

PMC with a bonded heater (Fig. 3.b) while plate #3 

additionally featured a 1.6mm thick bonded copper 

sheet (Fig. 3.c). It should be noted that design of 

plate #3 was based on the IHCT presented by in [2]. 

3 Results 

3.1 Substrates 

The coating substrates produced were smooth on 

the PMC side and rough on the co-cured copper 

layer side despite the use of a caul plate. Large 

amounts of powder were not wetted by the resin 

which resulted in exposed copper particles that 

caused some of the observed roughness. The non-

uniform resin flow inside the copper powder bed 

also prevented the embedding of a constant copper 

thickness, which caused elongated depressions 

oriented in the fibre direction. 

 

Measurements through image analysis of the 

substrate (Fig. 4) revealed that the thickness of the 

co-cured copper layers were 350μm ± 120μm and 

700μm ± 135μm for laminates having copper 

loadings of 20g/cm
2
 and 50g/cm

2
, respectively. The 

copper content was measured at around 57% and 

was unaffected by the initial copper or resin contents. 

 

Fig. 3. Integrally heated tooling demonstrators featuring: a) a coated PMC (plate #1), b) a bare PMC (plate 

#2) and c) a PMC with a bonded copper sheet (plate #3) 

a) b) c) 
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Fig. 4. Cross-sectional image of copper particles 

co-cured on a PMC laminate 

3.2 Copper coatings 

Coating porosity was measured by cross-sectional 

image analysis of CPMC samples. Coatings 

produced using powder Cu 105-3 saw limited 

deformation of spray particles. This is suggested by 

the numerous voids present between particles (Fig. 

5). Coatings produced using similar parameters as 

the ones presented in this study had a porosity that 

was previously reported at around 3-4% [6].  

In contrast, coatings made using powder SST-

C5003 saw significant deformation of the sprayed 

particles as noted by the absence of any notable 

voids (Fig. 6.a). However, the dendritic structure of 

SST-C5003 makes the particles prone to breakage. 

Broken particles form a fine dust that scatters 

across the substrate and it is often trapped into 

surface depressions (Fig. 6.b). This prevents 

adequate contact and bonding between the coating 

and the co-cured copper particles of the substrate. 

 

3.3 Resistance to elevated temperatures 

The Cu 105-3 and a SST-C5003 CPMC samples 

that were thermally cycled appear in Fig. 7. During 

testing, both samples showed an identical behaviour 

towards elevated temperatures cycling. 

After the first one hour cycle at 150°C, the copper 

surface started oxidising. No visual signs of coating 

spallation were observed and microscopic 

observations did not reveal any delamination or 

damage. The following cycle at 200°C further 

oxidised the copper coating of the samples. The 

coatings tarnished to a dull bronze colour but no 

samples showed signs of damage. Microscopic 

investigation of the following cycle at 250°C 

revealed that around the edges of the samples some 

copper particles of the co-cured layer were forced 

out of the CPMC. Their number increased after the 

second cycle at 250°C. However, coating spallation 

was not observed. 

 

3.4 Mechanical behaviour 

Two loading scenarios were used for the short-

beam strength test. The first scenario had the loading 

nose of the three-point bending fixture pressing 

against the coating side of the samples, subjecting 

the coatings to axial compressive stresses. The 

second scenario had the loading nose pressing 

against the PMC side, subjecting the coatings to 

axial tensile stresses. 

 

 
Fig. 5. Cross-sections at magnifications 100X (left) and 400X (right) of Cu 105-3 coatings on the co-cured 

copper layer 
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Fig. 6. Cross-sections at magnifications 100X (left) and 400X (right) of SST-C5003 coatings on the co-cured 

copper layer a) without spray particle breakage and b) with spray particle breakage 

 

 

 
 

   

Fig. 7. CPMC samples used for resistance to elevated temperatures testing, before and after thermal cycling 

Room temperature After 2
nd

 cycle at 250°C 

Cu 105-3 

SST-C5003 
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The numbers of samples tested for each loading 

scenario appear in Tab. 1. Shortage of spray powder 

Cu 105-3 limited the number of samples and 

prevented any testing at elevated temperatures. 

Short-beam strength testing revealed that both Cu 

105-3 and SST-C5003 CPMC samples exhibited 

identical fracture behaviour. 

Loading on the coating side always resulted in 

failure through coating delamination. At failure, a 

crack appeared at the sample edges and it 

instantaneously propagated up to the sample centre 

along the substrate-to-coating interface. The crack 

then deviated to shear the coating through its 

thickness (Fig. 8). The weakest area was the co-

cured layer-to-coating interface, as some coating and 

spherical co-cured layer particles were observed on 

both fracture surfaces.  

Average short-beam strengths for this loading 

case appear in Fig. 9, where error bars represent the 

maximum and minimum values measured. At room 

temperature, the 1450N force at failure of the Cu 

105-3 samples was higher than the 940N of the SST-

C5003 samples. The prior also showed much lower 

variability. 

At elevated temperatures, no trend could be 

identified for the SST-C5003 samples due to the 

limited number of samples tested and to the high 

variability observed at room temperature. 

For the second loading case, failure occurred at a 

lower force than in the first loading case. Loading on 

the PMC side always resulted in a brittle coating 

fracture in tension. At failure, a crack initiated on the 

outer coating surface at mid-span and propagated 

instantaneously in the thickness of the CMPC until 

stopped by the tougher co-cured layer. At that point, 

the coating remained attached to the CMPC. As seen 

in Fig. 10, upon applying a considerably greater 

amount of force, delamination of the coating 

occurred. 

 

Tab. 1. Numbers of samples tested for short-beam 

strength 

CPMC 

coating 

Testing 

temperature 

Number of samples 

Loaded on 

coating 

Loaded on 

PMC 

Cu 105-3 25°C 3 3 

SST-C5003 

25°C 3 3 

70°C 1 3 

120°C 1 3 

Average short-beam strengths for this loading 

case appear in Fig. 11, where error bars represent the 

maximum and minimum values measured. At room 

temperature, in contrast to the previous loading case, 

the 420N force at failure of the Cu 105-3 samples 

was much lower than the 760N of the SST-C5003 

samples. Results also showed much lower variability 

for both types of coatings compared to the first 

loading case. 

At elevated temperatures, the force at failure of 

SST-C5003 samples decreased non-linearly with 

temperature. Below Tg of the PMC, the forces at 

failure were similar whereas above Tg the force at 

failure fell to 440N. 

 

 

 

 

 

Fig. 8. CPMC failure due to coating delamination 

 

 

 

 

Fig. 9. CPMC short-beam strengths with coating 

subjected to axial compression 
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Fig. 10. CPMC brittle coating fracture 

 

 

Fig. 11. CPMC short-beam strengths with coating 

subjected to axial tension 

 

 

 

3.5 Tooling demonstrator 

Infrared images of the three heated plate 

demonstrators after heating appear in Fig. 12. Plate 

#2 with its lack of thermally conductive layer 

showed great surface temperature difference of 73°C 

between the maximum and minimum values 

recorded. 

Plate #3 with its bonded copper sheet achieved a 

major improvement in temperature uniformity. The 

difference in surface temperatures lowered to 6°C. 

Results for plate #1 showed that despite the 

coating being slightly thicker than the copper sheet 

of plate #3, hot spots were still observed beneath the 

heater. However, compared to plate #2, the copper 

coating enabled significant improvement of the in-

plane thermal conductivity which lowered the 

temperature difference across its inner surface to 

9°C. 

Thermal uniformity of the heated plate 

demonstrators was characterised by the standard 

deviation of the inner PMC surface temperatures. 

Plate #2 showed the worst uniformity with a 

standard deviation of 20°C. Plate #1 with its sprayed 

coating offered the second best uniformity with a 

standard deviation of 1.6°C which was not too far 

from the 0.9°C of plate #3. 

 

 

 

 

 

 

Fig. 12. Infrared thermal images after 800s of heating at 15W for a) plate #1, b) plate #2 and c) plate #3  
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4 Discussion 

4.1 Substrates 

All substrates were cured with excess copper 

powder which resulted in rough substrate surfaces. 

Additionally, it was shown that greater resin content 

in the prepreg stack could be used for embedding a 

thicker co-cured copper layer in the substrate. 

However, this method of using excess powder 

provides no accurate control over the thickness or 

distribution of the copper particles in the co-cured 

layer, meaning that the initial thickness homogeneity 

provided by vibrations was lost. Better thickness 

control can potentially be achieved with a resin rich 

content which would enable complete infusion of the 

copper powder bed. However, this would leave a 

resin rich surface which adversely affects deposition 

of a copper coating as reported in [12]. Hence, 

despite its lack of control over the co-cured layer the 

method of using an excess amount of copper powder 

currently remains the best option for fabricating 

substrates. 

 

4.2  Resistance to elevated temperatures  

The lower short-beam strength of SST-C5003 

samples observed when the coating is subjected to 

axial compressive stresses suggests that these 

samples would be more prone to thermal 

delamination than Cu 105-3 samples. However, both 

Cu 105-3 and SST-5003 samples resisted 

delamination up to at least 250°C, which more than 

meets the requirements for an IHCT application. It is 

conjectured that this outcome was facilitated by the 

presence of the co-cured layer with its embedded 

copper particles that helped bridge the difference in 

CTE between the layers, reducing the risk of 

delamination. 

 

4.3 Mechanical behaviour 

Short-span strength results showed two main 

failure modes of CPMCs depending on the loading 

case: delamination and coating fracture. 

Cu 105-3 samples were on average more resistant 

to delamination and their force at failure was much 

more consistent than SST-C5003 samples. This 

behaviour can be linked to the quality of the co-

cured layer-to-coating interface. Microscopic 

inspections performed (Fig. 6) revealed that in some 

cases SST-C5003 particles underwent breakage 

which left dust particles at this interface. The 

presence of dust prevented adhesion between the 

coating and the substrate. Depending on the surface 

coverage of the dust, coating adhesion will vary 

significantly. Hence, PGDS coatings on PMCs 

should favour spray powders with minimal particle 

breakage for improved delamination resistance. 

Conversely, SST-C5003 coatings featured much 

higher resistance to tensile loads than Cu 105-3 

coatings. This implies that the prior has higher 

coating cohesion strength, which for PGDS coatings 

is related to better interlocking of the sprayed 

particles. Optical microscopy (Fig. 6) revealed that 

coating porosity was much lower and sprayed 

particles were more deformed in the case of SST-

C5003 coatings compared to Cu 105-3 coatings. 

This increased the contact area between particles and 

promoted cohesion in the coating. Hence, coating 

porosity of CPMCs should be minimised to 

maximise mechanical properties. 

Based on the failure mode obtained through the 

short-beam strength tests, stresses at failure can be 

calculated from Eq. (1-2) for axial and shear 

stresses.  

For the scenario in which the load was applied on 

the coating, delamination occurred due to shear 

stresses. The maximum shear stress at the co-cured 

layer-to-coating interface was calculated using in-

plane stress transformation, and results appear in 

Fig. 13. An average shear strength of 19MPa was 

calculated for Cu 105-3 samples. In contrast, a wide 

range of shear strengths, 7MPa to 17MPa, was 

calculated for SST-C5003 samples due to the 

imperfections at the coating interface as noted 

above. 

For the scenario in which the load was applied on 

the PMC, coating fracture was caused by the tensile 

stresses at the surface of the coating. The maximum 

axial stresses are presented in Fig. 14. An average 

tensile strength of 59MPa was calculated for Cu 

105-3 samples whereas an average tensile stress of 

96MPa was calculated for SST-C5003 samples. For 

the latter, results show that the coating stress at 

failure is not affected by temperatures, in the range 

tested. Hence, the reduction of short-span strength 

with increasing temperature reported earlier was 

caused by the reduction in rigidity of the PMC due 

to temperatures greater than Tg. 

 

ICCM19 2669



10  

 
Fig. 13. Shear strength of the co-cured layer-to-

coating interface 

 

 

 

Fig. 14. Tensile strength of the coatings 

 

Moreover, tensile values for both types of 

coatings were lower than for annealed copper at 

room temperature (209MPa [13]). This difference is 

explained by the nature of PGDS coatings, where 

most of the cohesion originates from spray particle-

to-particle mechanical interlocking which is weaker 

than metallic bonding. It is nonetheless observed 

that increasing coating density provides strength 

closer to bulk values. 

 

4.4 Tooling demonstrator 

Results of the temperature uniformity across the 

inner surface of tooling demonstrators showed the 

importance of a conductive layer on PMCs for 

improving their in-plane thermal conductivity and 

minimising hot spots. 

Results also showed that for a similarly thick 

layer, a bulk sheet of copper provides superior 

thermal conductivity than a copper coating. The 

lower performance of the copper coating is 

explained by interfacial defects between the sprayed 

particles of the coating. This lack of complete 

metallic bonding reduces conductivity. Nonetheless, 

copper coatings made with PGDS can still 

significantly improve thermal conductivity of PMCs.  

The lower conductivity of the sprayed coatings 

is compensated by certain advantages that they 

provide over formed copper sheets. They include 

the potential for being easily applied onto curved 

surfaces and for the ability of changing the 

thickness of the conductive layer locally. Hence, 

some performance is traded for simpler 

manufacturing. 

5 Conclusion 

This work showed a method for producing copper 

coatings on PMCs successfully. The method relied 

on using the PGDS spraying process coupled with 

co-curing a layer of embedded copper particles on 

the surface of PMCs for enabling sprayed coatings. 

This co-cured layer and coated PMCs (CPMCs) 

were characterised. Characterisation of the co-cured 

layer provided some insight towards the fabrication 

of substrates used for coating. Characterisation of 

the CPMCs showed that they can resist delamination 

from thermal stresses when heated up to 250°C. 

CPMC mechanical behaviour was characterised 

through the short-span strength test which revealed 

their two main modes of failure, which are 

delamination at the co-cured layer-to-coating 

interface and tensile fracture of the coating. Finally, 

a heated plate demonstrator made with CPMC was 

compared with other types of demonstrators. Results 

showed the viability of CPMC for a future integrally 

heated composite tooling application. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

Soft body armor has effectively protected several 

thousand law enforcement officers against ballistic 

impact over years since the 1980s. The ballistic 

performance of soft body armor depends on multiple 

factors, such as the structure of the woven fabrics, 

speed and geometry of projectiles, and material 

properties [1]. High-strength and high-modulus 

polymer fibers such as PPTA (poly(p-phenylene 

terephthalamide) are widely used in soft body armor. 

When the fibers in the body armor are impacted, 

they experience a sharp stress increment, the 

magnitude of which is related to the impact velocity 

at the contact region of the projectile and fibers. 

Cunniff [1] modelled ballistic impact as the product 

of the specific fiber toughness multiplied by fiber 

sonic velocity to explain the material contribution to 

ballistic performance. In contrast to actual ballistic 

application of the high strength fibers,  mechanical 

properties of fibers used in soft body armors are 

often obtained by test conditions at slower 

deformation rates (i.e. quasi-static) than at the high 

strain rate (HSR) deformation incurred during 

ballistic impact.  

In order to study HSR deformation of 

materials,  the split Hopkinson bar (or Kolsky bar) 

which has been widely used in compression and 

tensile loading for materials, is used [2]. A tension 

Kolsky bar  has been utilized for testing  aramid 

yarns at  450 s
-1

 by clamping a yarn specimen [3]. 

In addition, single fiber tests within a range of (1400 

to 2500) s
-1

 were conducted by gluing a single fiber 

on the Kolsky bar [4]. Since testing under HSR 

loading condition requires a relatively short sample 

aspect ratio (< 200 [4]), gluing a fiber can be 

problematic due to possible adhesive wicking into 

the fiber gauge length [5]. Furthermore, tensile 

properties of a single fiber exhibit high variation and 

statistical analysis of fiber data is rarely reported 

when less than 30 fibers have been tested. 50 

specimens is known to be acceptable [6]. Therefore, 

a gripping method to avoid adhesive wicking and 

increase test throughput is desirable. A comparison 

study of the glue and direct gripping methods 

performed under quasi-static loading conditions 

clearly showed that the direct grip method produces 

more  reproducible results in particularly short fibers 

(aspect ratio <1000). Consequently, a direct gripping 

method was applied to the HSR test to minimize the 

disadvantages of the glue method and to better 

facilitate the statistical analysis of the fiber strengths 

[7]. 

In this study
1

, single PPTA fibers with 

various gauge lengths were tested using the Kolsky 

bar to investigate strain rate effects on tensile 

strengths, moduli and failure strains. PMMA 

(polymethyl methacrylate) and rubber as gripping 

materials were used for clamping a fiber, and the 

effects of the gripping materials on the fiber tensile 

properties are investigated.            

 

2 Experiments 

2.1 Tensile tests under quasi-static and high 

strain rate loading conditions  

Tensile tests on single PPTA fibers have 

been carried out under quasi-static and HSR loading 

conditions. Prior to the tests, diameters for 

individual single fibers were measured by an 

imaging system with a CCD camera and 60 x optical 

microscope. Each average diameter for a single fiber 
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was obtained by measuring five diameter 

measurements across evenly distributed spaces.  

For testing under a quasi-static loading 

condition, a screw driven tensile test machine shown 

in Fig.1 is used. The procedure for the quasi-static 

tensile test was as follows: a single PPTA fiber was 

clamped between the blocks under a slight tension 

using a deadmass with clamp forces for the blocks 

controlled by a spring. The tensile tests were 

performed under a constant strain rate (0.00056 s
-1

).  

 

 

 
 

Fig.1. Enlarged gripping area for the tensile test 

under quasi-static loading conditions. Note the top 

and bottom grips (PMMA) are both in open 

positions.  

 

 

For the tensile test under HSR loading, a 

miniature Kolsky bar was used in conjunction with 

the direct gripping device (Fig.2). Prior to the HSR 

test, a single PPTA fiber was temporarily adhered to 

a plastic template with slight tension (0.001 N). The 

specimen was placed on the clamp area and only the 

fiber section of the specimen was clamped by 

tightening screws under a constant torque. After 

setting up the specimen on the grips of the Kolsky 

bar, the impact of a tubular projectile on the flange 

area of the incident bar generated a loading pulse 

that deforms the fiber at high strain rate. Since the 

wave signal transferred through the fiber is 

extremely small, a quartz-piezoelectric load cell with 

a capacity of 22.24 N (5 lbf) was used to detect 

tensile load at a failure [4]. The estimated 

uncertainty of the load cell obtained from the 

manufacturer was  1 %.  

 

   

 

 
 

Fig.2. Schematic (a) and photos (b) of the Kolsky 

bar set-up and gripping device for single fiber tensile 

test under high strain rate test 

 

In order to measure tensile strains of the 

single fibers for the Kolsky bar test, a laser system 

was used to measure the displacement of the grip on 

the incident bar as shown in Fig.2. Detailed 

information on the laser system is provided 

elsewhere [8]. A 100 mW laser with 658 nm 

wavelength was used as the source laser. A thin laser 
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line generated by a Powell lens
2
 illuminated the 

target that was attached to the gripping area of the 

Kolsky bar, and the laser intensity was measured by 

a photo detector.  The laser intensity being detected 

at the photo detector increased as the displacement 

of the Kolsky bar increased. Calibration for the bar 

displacement and the laser intensity was performed 

by measuring the grip positions under a microscope 

and the voltage outputs of the photo detector. 

All signal acquisitions from the dynamic 

load cell and the laser signal for the HSR test were 

recorded by a high speed data acquisition system 

with a resolution of one microsecond.   

   

3. Statistical analyses 

3.1 Nonparametric analyses 

Data distributions are often graphically 

illustrated by a histogram. However, where there is 

insufficient data, a histogram can misrepresent the 

true distribution of the data. A histogram is a kernel 

density estimate computed at the mid-points of the 

bins, with fixed bin width and a boxcar function [9]. 

A kernel density plot can be regarded as a smoothed 

histogram as shown in Fig.3. Kernel density plots 

for fiber tensile properties are used here to illustrate 

and estimate data distributions.  

 

 
Fig.3. Schematics of histogram and kernel density 

plot 

                                                 
2
 Certain commercial materials and equipment are 

identified in this paper to specify adequately the 

experimental procedure.  In no case does such 

identification imply recommendation or endorsement by 

the National Institute of Standards and Technology, nor 

does it necessarily imply that the product is the best 

available for the purpose. 
 

 

The quantile-quantile plot shown in Fig.4 is 

a graphical technique that is used to determine 

whether two data sets come from a common 

distribution. The quantiles of the first data set are 

plotted against the corresponding quantiles of the 

second data and compared with a 45° reference line. 

Departure from this 45 reference line indicates a 

different underlying distribution  [10].  

 

 
Fig.4. Schematic of quantile-quantile plot 

 

 

2.2.2 Parametric analyses 

The analysis of experimentally generated 

strength data with the Weibull distribution is a 

common approach to modeling strength variability. 

Under the Weibull model, a fiber is regarded as an 

assembly of chain units, where each unit has length 

L0, and a characteristic failure stress 0. If the failure 

probability of one unit is P (0), then the survival 

probability of a chain at 0 is 1-P(0). The failure 

probability of the entire chain at 0 , assuming each 

unit is independent of the others, would be 1-[1-

P(0)]
N
, and the cumulative failure probability for 

large numbers of chain units ( N∞) becomes 1-

exp(-N∙P(0)). 

Since N is proportional to the length, L, of 

the fiber, the Weibull cumulative distribution 

function is given by: 
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where x is the strength obtained by a test, and the 

constants  and  are the scale and shape parameters 

respectively. In this parameterization, L is the gauge 

length at which the fibers are tested, and L0 is the 

reference length (L0=1 mm here). 

Stoner et al. [6] conducted a statistical 

analysis which indicated that tensile test data below 

40 mm can be influenced by end effects. Since the 

fiber must survive both end effects and the true flaw 

population at a given stress level prior to failure, the 

total probability of survival can then modeled by 

another extension of the Weibull distribution. A 

cumulative Weibull-like distribution for fiber tensile 

strengths including the influence of end effects can 

be expressed by: 
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While Weibull type distributions address 

fiber size effect on strength, the normal (Gaussian) 

distribution is often used to analyze material fracture 

involving no size effect [14], or failure strain when 

eliminating the effect of the fiber diameter in the 

statistical analysis of the material fracture [15]. 

Since a primary objective of this study is to 

determine the underlying distribution for the fiber 

strengths and failure strains measured by two 

different gripping methods, normal distribution fits 

are also tested here. The normal probability density 

function f(x) is  
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where  is the mean (location parameter), and s the 

standard deviation (scale parameter).  

 

3 Results and Discussions  

3.1. Tensile behaviors for the PMMA and rubber 

grip tests at quasi-static loading    

Typically as fiber length decreases, the 

influence of the gripping effects increases [16], so 

that the respective load-displacement curves for the 

2 mm and 60 mm fibers are compared to investigate 

the gripping effects during the tensile tests. Fig.5 

shows load-displacement curves for 2 mm and 60 

mm single PPTA fibers obtained by the PMMA and 

rubber grips under a quasi-static loading condition. 

Load-displacement curves for both grip tests with 60 

mm fibers are almost linear until fiber rupture. 

Comparing with the load-displacement curves of 60 

mm, the slope of the load-displacement curves for 

the 2 mm tests did not show significantly different 

behaviors for both grip tests.    
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Fig.5 Load-Displacement curves of the single fibers 

for the PMMA (a, b) and rubber grip (c, d) tests 

under quasi-static loading condition. Note: some 

load-displacement signals were automatically 

truncated  

 

3.2 The calibration curve for measuring 

displacements of the Kolsky bar at HSR loading 

Fig.6 shows the laser-set up for measuring 

the displacement of the Kolsky bar. Fig.6 (a) briefly 

illustrates how the laser system measures the bar 

displacement. As the Kolsky bar moves in tension 

mode, the length of the laser line blocked by the 

target increases. The linear calibration curve 

between the laser output and displacement is shown 

in Fig.6 (b). The coefficients of variation of the laser 

output on each position varied from 0.0006 to 

0.0012, which are extremely small as indicated by 

the small error bars in the graph.   

 

 
 

Fig.6 The laser set-up (a) and calibration curve (b) 

for the laser output and bar displacement 

 

 

3.3 Tensile behaviors for the PMMA and rubber 

grip tests at HSR loading 

Fig.7 shows typical signals for strain wave 

history, bar displacement, and tensile behavior of a 

single fiber under a high strain rate test. The 

experiment shown in Fig.7 was conducted with a 

gauge length of 2 mm at a strain rate of 

approximately 1000 s
-1

, and the strain rate was 

obtained from the slope of the laser displacement-

time curve and the fiber length. As shown in Fig.7 

(b), the output signal from the laser strain 

measurement system increases monotonically as the 

specimen is deformed. 
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Fig.7 A typical set of signals for the high strain rate 

test (a) incident and reflected wave signals in the 

Kolsky bar (b) displacement measured by the laser 

system and (c) load signal measured by the quartz-

piezoelectric load cell. 

 

3.4 Kernel density plots of the tensile strengths of 

single fibers  

Fig.8 shows kernel density plots for single 

fiber strengths for the PMMA grip test measured 

under the quasi-static loading condition. The kernel 

density plots for both grip tests display two peaks in 

strength distributions and the width of the kernel 

density plots for both grip tests is similar.  

  

 
 

Fig.8 Kernel density plots of the 2 mm fiber 

strengths obtained by the PMMA and rubber grips at 

the quasi-static loading condition. 

 

3.5 The quantile-quantile plot of the tensile 

strengths of single fibers 

Fig.9 shows a quantile-quantile plot for a 2 

mm fiber tested using the PMMA and rubber grips 

under the quasi-static loading condition. The two 

strength quantiles are closely distributed along the 

45  reference line. This lack of clear deviation from 

the comparison reference line indicates that two 

underlying strength distributions are similar to each 

other. This reconfirms the results of the kernel 

density plots. 

 

 
 

Fig.9 The quantile-quantile plot of the tensile 

strengths for the PMMA and rubber grips 

 

 

3.6 Parametric statistical analysis of the tensile 

strengths of single fibers using the 2-parameter 

Weibull distribution 

Typically, the 2-parameter Weibull 

distribution is used to analyze strength distributions 

for fibers, as mentioned above. To obtain the 

Weibull parameters and investigate the data 

distribution, the Weibull model is often fit in a 

double logarithm form which is often known to be a 

Weibull plot. Since other distributions are also used 

here, the probability plot is employed instead of the 

Weibull plot. Fig.10 shows probability plots of the 

2-parameter Weibull distribution for the strengths 

obtained by the PMMA and rubber grips with 2 mm 

fibers. The linearity of the probability plot 

demonstrates the goodness-of-fit for the data to the 

distribution. The probability plot correlation 

coefficient for the PMMA grip test was 0.981 and 

that of the rubber grip test was 0.978. Since the 

PPCC values of the 2-parameter Weibull distribution 

were not higher than 0.99, a normal distribution was 

also fit to the data.     
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Fig.10 The probability plots of the 2-parameter 

Weibull distribution for the tensile strengths 

obtained by the PMMA (a) and rubber (b) grip tests.  

 

 

3.7 Parametric statistical analysis of the tensile 

strengths of single fibers using the normal 

distribution 

 

Fig.11 shows probability plots of the normal 

distribution for fiber strengths obtained by the 

PMMA and rubber grips with 2 mm fibers. The 

normal probability plot for the PMMA grip test 

exhibits a higher linearity than the Weibull 

distribution particularly in lower strength values, as 

confirmed by a higher PPCC, 0.993. The PPCC 

value of the normal distribution (0.987) for the 

rubber grip test is also higher than that of the 

Weibull distribution.    

 

 
 

Fig.11 the normal probability plots for the tensile 

strengths obtained by the PMMA (a) and rubber (b) 

grip tests. 

 

4 Conclusions 
Single PPTA fiber tensile tests were carried 

out under quasi-static and high strain rate loading 

conditions using the PMMA and rubber grips. In the 

quasi-static tests, no significant difference for the 

load-displacement curves of the 2 mm and 60 mm 

fibers obtained by the PMMA and rubber grips was 

observed. Kernel density plot for the 2 mm fiber 

showed a slight bimodality in the strength 

distributions. In addition, fitting with normal 

distribution showed higher PPCC than the 2-

parameter Weibull distribution.   
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1 Introduction 
 
Advanced composite materials development has 
accelerated during the past three decades, 
triggering the use of composite structures in 
different applications such as aircrafts and marine 
vessels, in replacement of traditional materials. 
Composite materials are preferred because of their 
low density, high specific strength and stiffness, 
and corrosion resistance.  
Even if composite materials do not suffer 
corrosion, the matrix can absorb humidity, with 
subsequent degradation of the fiber-matrix 
interface, which decreases the mechanical 
properties [1-3]. For this reason composite hulls 
are commonly protected with a layer of Gel-Coat. 
Impact damage of composite materials is usually 
driven by the matrix cracks, which act as onset for 
delaminations; this failure mode can be affected by 
the water absorption. This subject has been studied 
by Imielinska and Guillaumat [4] and Dale, Acha 
and Carlsson [5], who performed impact tests on 
specimens exposed to moisture to determine the 
change in dynamic impact forces and extent of the 
damage. 
Fiber metal laminates (FML) is a class of 
composite materials developed for aeronautical 
applications. FML are composed by alternated 
layers of glass fiber reinforced plastics and 
aluminum sheets, to form a hybrid with enhanced 
mechanical properties, specially concerning fatigue 
resistance with respect to the original comprising 
materials. This kind of FML is known as Glare and 
has been originally developed at Delft University 
of Technology. Other interesting aspect of these 
materials is that aluminum sheets probably blocks 
the diffusion of humidity inside the structure, 
increasing its wear resistance. This is a topic that 

has been studied by Bothelo, Pardini and Rezende 
[6], who focused on the determination of damping 
properties and variation in the elastic and viscous 
response caused by hygrothermal effects.  
The objective of the present study is to determine 
the possibility of using the FML concept to avoid 
hygrothermal degradation of marine vessels, 
replacing the gel coat with a thin layer of steel. 
Another benefit of using a metal sheet to protect 
the surface of the laminate is that it provides 
abrasion resistance. The impact response of such 
FML structure is here investigated. In this work, 
we introduce the preliminary results of an extended 
experimental campaign aimed to investigate the 
performance of the proposed layering 
configuration. In this paper we present the 
comparison between the impact properties of 
virgin and moisture-exposed specimens, to 
determine the change on their properties and to 
study the steel-composite interface and the role of 
hygrothermal effects. 
The rest of the paper is organized as follows. In 
section 
2, we present the procedure used to produce the 
specimens, along with details on the conditioning 
procedure. In this section we also introduce the 
techniques used for the estimation of the 
mechanical properties through dynamic tests, the 
tribological behavior, and the hygrothermal 
behavior. In section 3 we present and discuss the 
results about the moisture absorption, the low 
velocity impact behavior, the influence of the 
water absorption on the mechanical properties, the 
tribological tests, and the heat deflection behavior. 
Conclusions and final remarks are summarized in 
section 4.  
 
2 Materials and experimental procedure 
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2.1 Material 
 
Glass fiber reinforced plastic (GFRP) and GFRP 
protected with steel (GFRP+Steel) specimens were 
prepared in autoclave with 12 layers of E-
Glass/Epoxy balanced woven prepreg with specific 
weight of 600 g/m2. In the case of the GFRP+Steel 
specimens, one layer of steel 0.1 mm thick was 
applied on the external surfaces. The laminates 
were positioned between two plates, which acted 
as mold, and closed inside a vacuum bag, thus 
subjected to the pressure and temperature cycle 
needed to allow the polymerization of the epoxy 
resin. The final in-plane dimensions of each panel 
were approximately 450 by 500 mm. The final 
thickness of the pansls is 6 +/- 0.2 mm and 6.3 +/-
0.2 mm for the GFRT and the GFRP+Steel, 
respectively. 
12 rectangular specimens, 150 mm long and 100 
mm wide according to the recommendations of 
ASTM D7136 code for low velocity impact tests 
on composite materials [7], were cut from the 
panels. In addition, 2 rectangular specimens 500 
mm long and 20 mm wide were cut from each 
panel. These were used for the non-destructive 
vibration tests to study the damping behavior. The 
remaining pieces of the panel were used to 
measure the friction coefficient and wear resistance 
through tribology tests, and the vitreous transition 
temperature (Tg) through DSC and DMA tests.  
Half of the impact specimens (namely, 6 150x100 
mm GFRP+Steel specimens and 6 150x100 GFRP 
specimens) were subjected to hot-water 
conditioning, as explained in the following 
paragraph. In the case of the vibration specimens, 
all (4) specimens were subjected to the 
hygrothermal conditioning while measures were 
done on the same specimens before and after the 
exposure. The coupons that were not subjected to 
hygrothermal conditioning were anyway subjected 
to the same thermal treatment, but without 
exposition to water. This was made to avoid 
possible differences between the two groups of 
specimens, which could have been arisen due to 
exposition of the resin to high temperature if only 
moist-conditioned laminates had been subjected to 
such exposition. 
 
2.2 Specimen conditioning 
 
Before immersion in water, the sides of the 

specimens were sealed with a thin layer of high 
temperature resistant adhesive silicone sealer. 
Water absorption was measured by means of 
gravimetric technique. Specimens were kept inside 
water at 80°C and each ~24 hours the specimens 
were pulled out of the water, their surface was 
dried using a paper tissue and then weighed before 
re-immersion in water. 
A Fickian linear absorption was hypothesized [8-
13] and a diffusion coefficient was calculated for 
each family of specimens using the following 
equation: 
 

( )
Dt

sM

tM 2=
∞

 

 
Where M(t) is the mass at a given time t, M∞ is the 
saturation mass, D is the diffusion coefficient, t is 
the immersion time in seconds and s is the 
thickness of the specimens in mm. 
 
2.3 Low velocity impact tests 
 
Low velocity impact tests were carried out on the 
specimens by means of a drop-weight machine 
[14]. 
The impactor mass was kept constant at 1.25 kg in 
all tests. A piezoelectric load cell was attached to 
the lower side of the impactor, in central position. 
The hemispheric head of the cell (whose diameter 
was 12.7 mm) was the only part of the impactor 
which hit the laminate during the test. In this way a 
reliable measure of the contact force as a function 
of time was obtained. After rebound (no specimen 
underwent perforation) the impactor was stopped 
manually in order to prevent from repeated impacts 
with the target. 
As suggested in the ASTM D7136 code [7], the 
force signal provided by the load cell has been 
numerically integrated twice to compute the 
impactor velocity and displacement as functions of 
time, according to the following expressions: 
 

( ) ( )
∫−+=
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F
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where v(t) and s(t) are the impactor velocity and 
position, respectively, at time t, vi and si are the 
impactor velocity and position at the contact onset 
(t = 0), g is gravity acceleration, m is the impactor 
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mass, F(t) is the measured contact force at time t. 
The output of a laser device, placed approximately 
30 mm above the specimen impacted surface, 
provided the initial conditions for integration. 
Contact force and impactor velocity being known, 
the absorbed energy as a function of time has been 
determined as [7]: 
 

( ) ( ) ( )tsgm
tvv

mtE i
a +−=

2

22

 

 
The meaning of the symbols remains the same as 
before. In particular, the value of Ea at the end of 
contact (when the impactor rebounds from the 
target) was examined. 
Both the force and the laser signal were acquired at 
a sampling frequency of 100 kHz, without any 
filtering device. The only filtering was therefore 
the intrinsic one of the measurement chain. 
During impact tests, the specimens were placed on 
a fixture designed according to ASTM D7136. The 
laminate to be impacted was supported by a steel 
plate with a rectangular opening 125 mm long and 
75 mm wide. Three pins ensured that the specimen 
was exactly centered with respect to that opening 
and that the load cell head hit it in its central point. 
As recommended by ASTM D7136, four lever 
clamps with rubber tips held the specimen in the 
correct position during impact, preventing loss of 
contact with the support plate. 
Impact tests were performed at two different drop 
heights: 1 m and 2 m, corresponding to a 
theoretical kinetic energy of 12.3 J and 24.5 J. Due 
to friction along the drop-weight tower rails and air 
drag on the impactor, the actual kinetic energy at 
the beginning of contact with the laminates ranged 
from 8.8 J to 10.5 J (in the case of 1 m drop height) 
and from 18.5 J and 22.4 J (in the case of 2 m drop 
height). All of the 8 possible combinations of the 
test parameters (that are presence or absence of the 
external steel sheets, previous environmental 
conditioning or not, drop height) were tested, with 
3 specimens for each test case, a total of 24 tests 
are thus presented herein. 
 
 
2.4 Dynamical mechanical properties 
 
The flexural dynamic modulus and the damping 
properties were investigated by free vibration 
analysis according to ISO 6721 [15]. The measure 
consists on exciting a cantilever beam by an 
impulsive load and to record the free bending 

vibrations of the beam. For each laminate type, two 
rectangular specimens, 500 mm long and 20 mm 
wide, were tested. The vibration of the samples 
was detected by means of a laser displacement 
sensor (therefore not increasing the inertial mass of 
the system), and recorded at a sampling rate of 
1500 Hz.  
The signal was analyzed with a Matlab code 
written by the authors. The program is based on the 
algorithm Short Time Fourier Transform, which 
allows the determination of the vibration frequency 
and amplitude over time. In addition, the Hanning 
window together with the zero-padding technique 
were applied to reduce the leakage of the spectrum 
and increase the frequency resolution (∆f=0.01 
Hz).  
To evaluate the damping ratio (ζ) the logarithmic 
decrement method was used, instead of the 
bandwidth method suggested by the normative. 
This allowed an improvement on the precision of 
the data, since the bandwidth method gives 
imprecise results when testing at very low damping 
ratios, as only a few points are available in the 
magnitude curve near a poorly damped resonance 
when the frequency-response function is 
determined experimentally. To verify that no 
additional damping was added to the system, 
which could be caused by the friction of the plate 
with the clamp (Coulomb’s damping), the freely 
decaying amplitude was analyzed. Figure 1 
provides an example of this; here the semi-
logarithmic plot of the amplitude versus time of the 
first vibration mode is shown for the same 
specimen in tight and slack joint conditions, and 
the related damping ratio through time. The 
presence of a weak joint is easy recognizable 
because the amplitude tends to decay linearly 
instead of exponentially, due to the added damping 
caused by the friction. The consequence of a slack 
joint would be an apparently higher damping ratio 
with respect to the intrinsic material propriety. 
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FIGURE 1. Effect of the quality of the joint on the 

damping result. Semi-logarithmic plot of the 
amplitude (a) and plot of the damping ratio (b) 

versus time. 
 
The flexural storage modulus E’ was obtained by 
using the dynamic equation of the Euler-Bernoulli 
beam:  
 

E ' = (2π fn)2 L
βn











4
12ρ
h2

 

 
Where L, h, ρ, are the free length, the thickness and 
the density of the specimen; βn/L is the n-
eigenvalue and fn is the natural frequency of the n-
mode, which is evaluated through the following 
equation:  

21

1

n

dnn ff
ζ−

=  

Where ζn and fdn are, respectively, the damping 
ratio and the damped frequency of the n-mode, 
evaluated as described above. 
The following relation relates the loss factor tan δ 
to the damping ratio: 
 

tanδ = 2ξ  

 
The loss modulus E’’  was calculated with the 
following equation: 

'

''
tan

E

E=δ  

 
2.5 Tribological behavior 
 

The tribological behavior in unlubricated sliding 
conditions of both GFRP and GFRP+Steel 
specimens was investigated by a slider-on-cylinder 
tribometer (block-on-ring contact geometry, see 
Fig. 2), described with more details in [16]. The 
dimensions of the specimens were 5x6x60 mm, the 
counter-material used for the rotating cylinder (40 
mm in diameter) was Steel (AISI 316L). Dry 
sliding tests were carried out under normal loads of 
15, 30 and 45 N, at a sliding speed of 0.6 m/s, over 
a distance of 1000 m.  
The maximum wear scar depth was measured at 
the end of each test by stylus profilometry (pickup 
curvature radius: 5 µm) 
 
 
2.6 Heat deflection behavior 
 
The change of the glass transition temperature (Tg) 
induced on the GFRP material by the water 
absorption was monitored by means of DMA 
measurements on specimens in dry and saturated 
conditions. These were carried out in three point 
bending configuration, with a heating rate of 
3°C/min up to 160°C and 1 Hz oscillation 
frequency. The Tg is coincident with the 
temperature in which tan δ reaches its 
maximum value. 
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Figure 2 - Schematic of the slider-on-cylinder 
tribometer layup and the dimensions of the 
specimens tested [17] 
 
 
3 Results and discussion 
 
3.1 Moisture absorption 
 
In this section we introduce the results about the 
water absorption evaluated ad described in section 
2. The average weight evolution for both types of 
specimens is shown in figure 3. As it can be seen, 
absorption slowed down, reaching saturation after 
the ~850 hour immersion period (at about 1.3% of 
weight increase). 
The regression line obtained and used to calculate 
the diffusion coefficients is shown in figure 4, 
where data for specimens with and without metal 
sheet are plotted using the result of 2/s Sqrt(t) on 
the abscissas and M(t)/ M∞ on the ordinates. The 
slope of the linear regression is thus sqrt(D) and 
the diffusion coefficients D obtained are equal to 
2,543x10-6 mm2/sec for the unprotected GFRP 
specimens and 1,681x10-7

 mm2/sec for the 
GFRP+Steel; the standard deviation of D is found 
to be 6,112x10-8 and 1,100x10-7 in each case. 
Notably, the noise to signal ratio increases 

substantially for the GFRP+Steel specimens, this is 
because in some cases some moisture was 
absorbed by the specimens due to a leakage in the 
Steel layer. 
 

 
 
Figure 3 - Weight increase over time for the six 
specimens of each type. The line is only to guide 
the eye. 
 

 
 
Figure 4 - Fraction of the saturation concentration 
in terms of the square root of the exposure time 
divided by half of the specimen thickness. The 
slope of the tendency line is equal to the square 
root of the diffusion coefficient. 
 
3.2 Low velocity impact behavior 
 
The envelope of internal delaminations induced by 
impact was clearly visible on the specimens due to 
the translucent appearance of glass fiber 
composites. Generally, the laminates subjected to a 
1 m drop height impact showed a very small (a few 
millimeters), roughly circular, faintly opaque zone 
around the impact point, indicating that this energy 
level was probably slightly larger than the 
minimum required for delamination onset. A 
number of matrix cracks, both in the warp and in 
the weft direction of the fabric, were also visible 
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on the back (unimpacted) side. In the laminates 
that underwent a 2 m drop height test, a wider 
delamination was evident in the form of a 
completely opaque circular area, with the 
outermost ply slightly protruding from the back 
face. The number and extent of matrix cracks also 
was definitely larger. In the case of specimens with 
external steel layers, thin marks could also be 
noticed on the back side steel sheet, showing a 
similar pattern to the one of matrix cracks, 
probably attributable to local yielding of metal. No 
evident qualitative difference was noticed between 
the specimens previously subjected to hot-moist 
conditioning and the others. 
Prior to commenting on quantitative results 
obtained by the analysis of impact tests, it is 
necessary to consider that, although the drop height 
of the impactor was kept precisely constant at the 
required values, the same could not be done for its 
actual velocity as a consequence of energy loss due 
to friction. Indeed, the impactor velocity at the 
beginning of contact ranged from 3.76 m/s to 4.10 
m/s for 1 m drop height impacts and from 5.45 m/s 
to 5.98 m/s in the case of 2 m drop height. Thus, 
the possibility that results have been biased by 
such difference must be taken into account. 
It is known that scaling rules can be established for 
impact problems as long as no material damage 
occurs. Such rules must therefore be applied with 
caution when failures are induced, especially in the 
prediction of damage extent [18-20]. One can 
expect, however, that errors introduced by the 
application of scaling rules to impact events 
causing damage become smaller as the severity of 
damage decreases. 
In the case of the present study, this can be 
appreciated by the diagrams in figure 5 and figure 
6, respectively showing the maximum contact 
force and the maximum impactor displacement of 
all impact tests plotted against the measured 
impactor velocity at the beginning of the contact 
with the specimens. It can be seen that a linear 
relationship holds between these two parameters 
with fairly good approximation (slightly larger 
contact forces and smaller displacements are 
observed in laminates with steel layers due to their 
higher flexural stiffness). This can be justified by 
means of simple analytical impact models [18]. As 
will be shown later, in the present test conditions 
the laminate dynamic response to impact is 
dominated by the first vibration mode, higher 
modes giving much smaller contribution. A one-
degree-of-freedom model can therefore be reliably 

applied, in which the overall stiffness of the 
specimen is reproduced by a spring, while the 
impactor is modeled by a mass. According to such 
model, the maximum contact force is directly 
proportional to impact velocity, which is in good 
agreement with the data in figure 5 and figure 6. 
This proves that, due to the limited damage extent 
as well as to typical low velocity impact test 
conditions, scaling rules may be applied with 
satisfactory results to the present tests. For the 
aims of the present study, a scaling rule has been 
used to correct for the difference in impactor 
velocity, according to the following formulas: 
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where Fmax and smax are the measured values of 
maximum contact force and maximum impactor 
displacement, respectively, *maxF  and *

maxs  are the 
corresponding scaled values, vi is the measured 
impact velocity and vi ref is a reference value for 
velocity which has been set to 4.00 m/s for 1 m 
drop height tests and to 5.60 m/s for 2 m drop 
height tests. Since the absorbed energy Ea is 
proportional to the area enclosed by the force-
displacement curve, the following scaling rule has 
been adopted for this parameter: 
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Where Ea f indicates the computed final value of Ea 
(at the end of impact) and *

faE  is its scaled 

counterpart. Again, it must be noted that this 
approach cannot be given a sound theoretical 
foundation, because energy absorption is mostly 
due to material damage, which should not be 
present for a scaling rule to be applicable. Based 
on the previous arguments and on the result shown 
in figure 5 and figure 6, the error introduced with 
scaling is supposed to be small and has been 
considered acceptable. 
Thanks to scaling, possible bias induced by 
different actual impact velocity can be significantly 
reduced. In the following discussion, average 
values and standard deviations of the parameters 
under consideration refer to single test values 
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scaled as explained above. 
These data are collected in table 1 for each of the 8 
test cases considered. 
The most evident difference between 
unconditioned and conditioned laminates can be 
observed on the energy absorption. After a 1 m 
drop height impact, specimens without external 
steel layers showed a definite increase in absorbed 
energy as a consequence of conditioning. As 
reported in table 1, such increase is much larger 
than the standard deviation. On the other hand, the 
difference in energy absorption after a 2 m drop 
height impact is less pronounced and almost 
comparable to the dispersion of results. As one can 
expect, laminates protected by the steel sheets 
showed the same energy absorption, regardless of 
environmental conditioning, when subjected to a 1 
m drop height impact. At the highest impact 
energy level, however, the energy absorbed by 
conditioned specimens seems to be slightly smaller 
than the one absorbed by unconditioned 
specimens, but with a considerable dispersion of 
experimental data. 
Other test parameters (maximum contact force and 
maximum impactor displacement during impact) 
exhibit little or negligible differences between the 
specimens that were previously immersed in water 
and the ones that were not. Average values of 
maximum displacement were systematically, 
slightly larger after conditioning (sometimes the 
difference is comparable to standard deviations). 
Peak contact force seems to be slightly lower in 
conditioned specimens without steel layers. On the 
other hand, in laminates with steel layers 
undergoing a 2 m drop height impact the reverse 
was observed, but with much higher standard 
deviations. 
Detailed examination of the specimens dynamic 
response to impact also indicated that hot-moist 
conditioning did not induce any evident change in 
that sense. Figure 7 presents the contact force 
history recorded during 1 m drop height impact 
tests of two specimens without steel layers, one of 
which was previously conditioned. Figure 8 shows 
the corresponding force-displacement curves for 
the same specimens. Analogously, figure 9 and 
figure 10 contain the force-time and force-
displacement diagrams for two laminates that 
underwent a 2 m drop height impact, only one of 
the two specimens being subjected to 
environmental conditioning. 
In both cases no qualitative difference can be 
recognized between unconditioned and conditioned 

laminates. The shape of the curves is almost 
identical. The quantitative difference visible in 
figure 7 and figure 8 can be attributed to the 
dissimilar impact velocities. Indeed, force and 
displacement values in the plots were not scaled. 
For this reason, as far as possible, two pairs of 
specimens with actual impact velocities close to 
each other were selected for comparison. In the 
case of figure 7 and figure 8, however, the 
difference in impact velocity was not negligible. 
This explains different values of peak load and 
displacement, while the contact duration (see 
figure 7) and the slope of the force-displacement 
plot in the loading phase of contact (see figure 8) 
are identical, meaning that the specimen stiffness 
was the same. Figure 9 and figure 10 also indicate 
that hot-moist conditioning did not induce any 
evident change in material stiffness. 
The lower contact force values exhibited by the 
conditioned specimen in the unloading phase of 
contact (as can be seen in figure 8) are responsible 
for the larger energy absorption, in the case of 1 m 
drop height impact, that has been commented on 
earlier. 
The impact behavior of laminates with steel layers 
did not show any significant difference between 
unconditioned and conditioned specimens. For this 
reason the relevant plots are not presented here, 
because they would have been very similar to the 
ones in figures 7 through 10. 
 
 

 
Figure 5. Peak contact force as a function of 
impact velocity. Empty symbols: GFRP. Full 

symbols: GFRP+Steel. 
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Figure 6. Maximum impactor displacement as a 

function of impact velocity. Empty symbols: 
GFRP. Full symbols: GFRP+Steel. 

 

 
Figure 7. Contact force history of laminates 

without steel layers, subjected to 1 m drop height 
impact. Thin curve: unconditioned specimen 

(impact velocity 3.86 m/s). Thick curve: 
conditioned specimen (impact velocity 4.00 m/s). 

 

 
Figure 8. Load-displacement curves of laminates 
without steel layers, subjected to 1 m drop height 

impact. Thin curve: unconditioned specimen 
(impact velocity 3.86 m/s). Thick curve: 

conditioned specimen (impact velocity 4.00 m/s). 
 

 
Figure 9. Contact force history of laminates 

without steel layers, subjected to 2 m drop height 
impact. Thin curve: unconditioned specimen. 
Thick curve: conditioned specimen. Impact 

velocity 5.55 m/s in both cases. 
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Figure 10. Load-displacement curves of laminates 
without steel layers, subjected to 2 m drop height 

impact. Thin curve: unconditioned specimen. 
Thick curve: conditioned specimen. Impact 

velocity 5.55 m/s in both cases. 
 

 
Table 1. Average scaled values (see article text) 

and standard deviation of peak contact force, 
maximum displacement and absorbed energy 

recorded during low velocity impact tests. 
 
3.3 Dynamical mechanical propriety 
 
The vibration tests were performed on two 
specimens of each type (2 GFRP and 2 
GFRP+Steel), in different conditions in terms of 
moisture (dry, saturated with moisture, and dried), 
the advantage of working with non-destructive 
techniques (NDT) is that, by testing always the 
same specimens while changing the conditioning, 
there is no inter-specimen variability, and a more 
precise impact of the conditioning can be 
quantified.  
It was seen that the initial values of the flexural 
storage modulus and flexural loss factor of the 

GFRP+Steel specimens were higher by 31% and 
21 % respectively with respect to the GFRP ones 
(all values reported in Table 1). The errors reported 
are the maximum magnitude between the 
uncertainties due to the instrument precision and 
the fluctuation of the registered value in a pre-set 
range of amplitude oscillation. This last type of 
error prevails in case of damping measurements 
because of its sensibility to the external factors 
(e.g. the friction with clamps and air). 
 

Material Frequency 
(Hz) 

Flexural 
modulus, Ef’  

(Gpa) 

Flexural loss 
factor, tanδ 

GFRP 19.69 (±0.01) 24.8 (±0.3) 0.0124(±5E-4) 

GFRP+Steel 23.72 (±0.04) 32.6 (±0.5) 0.015(±1E-3) 

TABLE 1. Flexural storage modulus and flexural 
loss factor before conditioning. 

 
The moisture absorption had low effect on the 
flexural modulus of the GFRP specimens; a 
negligible change in the value measured was 
found. The behavior was different for the 
GFRP+Steel specimens, where water caused some 
delamination of the steel layer, since the silicone 
sealer used on the sides did not fully accomplish 
the protection; and caused a reduction of the 
modulus. The steel delamination continued when 
the specimens were left to dry, this led to a further 
decrease of the value for E’, as it can be seen in 
figure 11. 
Respect the loss factor, the results show an 
interesting behavior (figure 12); the loss factor of 
the GFRP specimens underwent a substantial 
increase of 40% after the saturation with moisture. 
The effect can be considered reversible since the 
tan δ returned almost to the original –dry– value 
after the specimen was dried again, considering the 
intrinsic error of measurement. The change on the 
damping properties can be explained by a 
plasticization of the polymeric resin and by a 
breakage on the fiber-resin interface [21], the 
recuperation of the original values suggests that the 
second factor mentioned did not occur, since the 
breakage of the interface would have been an 
irreversible phenomenon. This was further 
confirmed by the invariability of the flexural 
modulus (see figure 11). The increase of the loss 
factor on the water saturated specimens could be 
related with the increment of energy absorption 
observed during the impact tests.  
The GFRP+Steel specimens underwent a much 
more contained increase of the damping properties. 
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In these the absorption of moisture was much 
lower -thanks to the protection provided by the 
steel layers-, but some of the change on the 
damping behavior can be explained by the already 
mentioned delamination of the steel. This caused 
also a less stable vibration, which is the reason of 
the increased error associated with the 
measurement. Notice also that the damping 
properties do not return to the initial conditions 
after drying the GFRP+Steel specimens, as it was 
observed for the GFRP material.  
  

 
Figure 11 – Average results obtained for the 
flexural storage modulus for both kinds of 
specimens in dry, water saturated and re-dried 
conditions. 
 

 
Figure 12 - Average results obtained for the loss 
factor for both kinds of specimens in dry, water 
saturated and re-dried conditions. 
 
3.4 Tribological behavior 
 
The friction coefficient was calculated by 
averaging the rate of tangent to normal forces after 
the first 200 m. The coefficient obtained for the 
steel-steel contact resulted higher than that of the 
steel-polymer contact, as it can be seen in figure 
13. This was an expectable result since the 

polymeric resin acts as a solid lubricant decreasing 
the friction with the rotating countermaterial. 
Regarding the results of the maximum wear depth, 
presented in figure 14, the maximum depth in the 
case of the GFRP polymer increased substantially 
from the test done with a load of 30 N with respect 
to the tests conducted with a load of 15 N. 
However, the depth remains quite invariant when 
the load is increased to 45 N, this is probably 
because the wear reached the glass fibers under the 
first layer of resin, and the wear rate of the fibers is 
much smaller that the wear rate of the polymer. 
In the case of the specimens protected with the 
steel layer, the system does not show any wear in 
testing conditions with a load of 15 and 30 N. 
Instead, when the load is 45 N, the contact between 
the specimen and the rotating mandrel develops a 
quantity of heat capable of melting the polymer 
underneath the steel and the metal deforms 
plastically still laying over the GFRP surface; the 
imprint detected with the profilometry has a 
maximum depth of 13 µm, however it is not 
caused by wear, but it is actually an indentation 
damage on the GFRP.  
 

 
FIGURE 13 – Friction coefficient as a function of 

contact force. Empty symbols: GFRP. Full 
symbols: GFRP+Steel. 

 
FIGURE 14 – Maximum wear depth as a function 

of contact force. Empty symbols: GFRP. Full 
symbols: GFRP+Steel. 
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3.5 Heat deflection behavior 
 
The DMA tests conducted on the GFRP specimen 
on dry conditions revealed a transition temperature 
Tg of 114°C, this value was verified with DSC 
tests. The Tg of the wet specimen (saturated in 
water at about 1.3% w/w) was measured with the 
DMA three times. The first measure revealed a Tg 
of 89°C, corresponding to a decrease of more than 
20%. The second scan on the same specimen was 
performed after the specimen returned to room 
temperature in nitrogen atmosphere. The specimen 
was expected to be drier than during the first scan 
and to recover its original Tg. However, as 
depicted in figure 15, the tan δ is maximum at a 
temperature of 104°C. The same specimen was 
thus dried for three more days in nitrogen 
atmosphere before testing it a third time, when a 
Tg value of 112°C was obtained. This result shows 
that the humidity take-up causes an important 
reduction on the glass transition temperature, 
however, this degradation is almost completely 
reversible. It is thus predictable that water causes 
no real damage on the interface nor on the 
polymer, while it only changes the composition 
decreasing the heat resistance properties. Notably, 
drying the material can reverse this process. These 
results are in line with the ones obtained though 
vibration tests.  
   

 
Figure 15 – tan δ versus temperature for dry 
specimen (full line) and another specimen initially 
saturated with water (pointed line), partially dried 
(short dashed line) and completely dried (long 
dashed line) 
 
4 Conclusions 
 
In this work we presented the preliminary results 
of an extended study on the possibility of using the 

FML concept to avoid hygrothermal degradation of 
marine vessels, replacing the gel coat with a thin 
layer of steel. GFRP specimens reinforced by outer 
steel layers were tested and results are compared 
with virgin GFRP specimens.  
An increase of the energy absorbed during low 
velocity impact tests was detected on specimens 
without outermost steel layers after hot-moist 
conditioning, but only at the lowest impact energy 
level (1 m drop height). Other test parameters such 
as peak contact force and maximum impactor 
displacement were found to be very similar, if not 
identical, in conditioned and non-conditioned 
laminates. 
Vibration tests revealed that the steel increases up 
to 40% the damping properties; a similar change 
was seen to be caused by saturation with water on 
GFRP specimens. In all cases a total recovery of 
the original properties was possible by drying out 
the specimens. DMA tests were performed to 
evaluate the change caused by the water on the 
glass transition temperature, which was seen to 
decrease to 88°C from an original value of 124°C. 
Also in this case the reversibility of the process 
was observed.  
The outer steel layers are found to effectively 
protect the GFRP material from water absorption. 
However, in some cases, delamination of the steel 
sheet was observed. This was caused by the local 
leakage of the sealing on the sides, resulting in 
some water absorption. This can be improved by 
providing a better lateral sealing. Tribological tests 
have shown a dramatic increase of wear resistance 
provided by the steel, as it was expected.  
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Summary 

Engineering issues have been addressed for a 

Multifunctional (MF) Carbon Fibre Reinforced 

Polymer (CFRP) capable of storing electrical energy 

and carrying mechanical load. The MF material was 

integrated into a technology demonstrator in the 

form of a car boot lid where the boot lighting was 

powered independently of the car main electrical 

system. Current collection was improved by using a 

thin copper mesh on the carbon electrodes while 

hole drilling was found to have a negligible effect on 

the laminate electrical performance. 

 

1 Introduction 

The goal of the Composite Structural Power Storage 

for Hybrid Vehicles (StorAGE) project is to develop 

multifunctional materials which have dual 

functionality, such that they are able to 

simultaneously store electrical energy and carry 

mechanical load. The specific energy storage 

capability and structural performance is 

continuously being developed, with a current focus 

on applications in the automobile industry where 

both weight and energy storage form important 

considerations during vehicle design. The final goal 

is a working demonstrator where a car boot lid will 

be replaced with structural power composite 

material [1], which poses a number of engineering 

issues.  

 

Carbon Fibre Reinforced Polymer (CFRP) 

composites present a way of providing a light weight 

material with a high strength-to-weight ratio, which 

can also store electrical charge. In this particular 

system the carbon fibre layers act as electrodes and 

the polymer matrix acts as an electrolyte. In order to 

make the polymer matrix ionically conductive, ionic 

liquid and lithium salt are added to facilitate ionic 

transport between the two carbon fibre layers. This 

configuration essentially behaves like an electric 

double layer capacitor giving the ability to store 

energy within a high performance material which 

can carry mechanical load. Materials with high 

mechanical strength tend to also be stiff while 

materials with high ionic conductivity usually 

consist of mobile ions and are very compliant. The 

main challenge in developing structural power 

composites is to achieve a balance of good stiffness 

and mechanical strength while also having an 

electrolyte which exhibits good ionic mobility. 

 

One issue that is being faced in this project is that 

the structural power composite material has a high 

equivalent series resistance (ESR), which reduces 

the desired energy and power densities being 

targeted. Conventional supercapacitors suffer from 

power loss during charge and discharge cycles. This 

loss is caused by resistances in electrical contacts, 

electrodes and electrolyte [2]. It is the sum of these 

resistances which is known as the ESR and is shown 

schematically in Fig. 1. The ESR prevents 

supercapacitors from achieving power densities 

closer to theoretical limits. Thus, determining how to 

lower the ESR of supercapacitors is an important 

part of research and development in the area of 

supercapacitors. 

 

The specific issues addressed here are the need for a 

robust and lightweight solution to electrical 

collection on the laminates which minimises 

resistive loses. In practical applications it is often 

necessary to machine laminates including drilling 

holes for assembly purposes. The susceptibility of 

the energy storage laminates to machining is also 

addressed here. 
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2 Testing 

2.1 Laminate configuration 

All test panels were produced to a size of 180 mm x 

180 mm with a nominal thickness of 0.8 mm, Fig. 1. 

The lay-up consisted of two 0.1 mm thick glass fibre 

separator plies sandwiched between single plies of 

0.3 mm thick woven T300 carbon fabric oriented at 

45°. Panels were manufactured using the resin 

infusion under flexible tooling (RIFT) method [2-4]. 

Some material specifications varied between panels 

used in the different studies, mainly due to further 

developments being included in the current 

collection studies while these developments were 

not deemed necessary for repetition in the machining 

study. 

For the current collection studies a twill weave 

carbon fabric was used as the electrodes and the 

resin was prepared using poly (ethylene glycol) 

diglycidylether (PEGDGE), Triethylenetetramine 

(TETA) and 1-ethyl-3-methylimidazolium bis 

(trifluoromethanesulfonyl) imide. TETA acts as a 

cross linker for the PEGDGE and the ionic liquid 

provides ionic conductivity through the electrolyte. 

Both Celgard [5] and ACG style 120 glass fibre 

were used as separators in different panels. For the 

machining studies a five harness satin woven carbon 

fabric was used with a Cytec MTM57 resin. 

 

2.2 Current collection 

In the baseline configuration two thin strips of 

copper with a conductive adhesive backing were  

 

 
Fig. 1. Configuration with copper tape connections. 

 
Fig. 2. Expanded copper mesh. 

 

attached to each electrode as shown in Fig. 1. For 

modest energy and power outputs, this solution can 

meet the requirements for current collection. 

However, as the systems approach the higher target 

energy and power densities through further 

development, a more efficient and longer term 

solution will be required to ensure low resistive 

losses. Lightning strike protection (LSP) material 

was selected as the most suitable alternative. This 

consists of a woven or expanded foil metallic mesh 

where the latter was considered here, Fig. 2. Dexmet 

1.6EDCU12-100FA was chosen and added about 10 

% mass to the laminate when both outer carbon 

electrode surfaces were fully covered. However, 

when multiple cell stacks are used, this parasitic 

mass will diminish. 

 

2.2.1 Corrosion 

Corrosion is an issue for the metallic mesh when 

subjected to the electrolyte. As copper corrodes it 

forms copper oxide which acts as an insulating 

material and degrades the performance of the overall 

system by increasing the ESR. A way of passivating 

copper has been developed using Sun Chemical 

(Coates) Carbon Ink XZ302-1HV, a conductive ink 

with anti-corrosive properties. A layer of ink was 

painted onto the lightning strike material to prevent 

any corrosion of the copper mesh. Cyclic 

voltammetry was used to measure the specific 

capacitance and compare the performance with and 

without the anti-corrosion ink. 

 

2.2.2 Results 

Electrochemical impedance spectroscopy (EIS) 

measures the dielectric properties of a medium as a 

function of frequency. It is also an experimental 

method for characterizing electrochemical systems. 

This technique measures the impedance of a system 

over a range of frequencies, and therefore the 

frequency response of the system, including the 

energy storage and dissipation properties [6]. Data 

obtained by EIS is usually expressed graphically in a 
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Nyquist plot as shown in Fig. 3. Through EIS the 

ESR of a system can be determined by taking the 

high frequency intercept. Impedance measurements 

were made in the frequency range of 0.01 Hz to 200 

kHz with an amplitude of 10 mV. The impedance 

results for Celgard samples are shown in Fig. 3. The 

device with copper tape connections had an ESR of 

0.167 Ω/cm
2
. Both samples with LSP material were 

shown to have lower ESR values of 0.908 Ω/cm
2
 

and 0.102 Ω/cm
2
 for uncoated and coated LSP 

samples respectively. The higher ESR of the copper 

tape sample can be attributed to the in-plane 

resistance through the carbon fibre material. Copper 

tape connections were only placed on one side of 

each electrode and there was a resistance associated 

with the current moving through the carbon fibres 

which is not as electrically conductive as copper. 

The ESR values were lower in the case of LSP 

samples as the copper mesh covers the entire surface 

of the electrodes and the in-plane resistance through 

the carbon fibres was kept to a minimum. There is a 

slight difference in ESR values between coated and 

uncoated LSP samples which can be attributed to the 

thin layer of carbon ink on the coated LSP sample. 

 

 
Fig. 3. Nyquist plot of copper tape, uncoated LSP 

and coated LSP with the associated ESR values. 

 

Chronoamperometry is an electrochemical method 

in which a step potential is applied and the current is 

measured as a function of time. The current – time 

response is comprised of two components: the 

current due to charging the double layer and the 

other due to an electron transfer reaction with the 

electroactive species. Fig. 4 shows the 

chronoamperometry results of the Celgard system 

with copper tape, uncoated lightning strike 

protection and coated lightning strike protection. 
Samples were held at 0V for 100s, followed by a 

step potential to 0.1V for a further 100s and finally 

back to 0V for 100s, using an Ivium-n-Stat 

potentiostat. At a first glance all three curves look 

much the same, however by intregating the curves 

from 200s – 300s the capacitance of each system can 

be calculated. The calculated capacitances are 78.64, 

84.55 and 85.02mF/cm
2
 for copper tape, uncoated 

LSP and coated LSP respectively. The capacitance 

values calculated from chronoamperometry 

measurements are different from those determined 

from cyclic voltammetry. The reason for this 

discrepancy is due to the fact that samples were not 

charged for a sufficient amount of time to measure 

the true capacitance as obtained from cyclic 

voltammetry. This technique was purely used as a 

way to compare the current-time response for each 

system. Results show that both samples with the 

LSP have higher capacitances than the copper tape 

sample giving further evidence that the use of LSP is 

preferable to copper tape as a current collector 

system. 

 
Fig. 4. Chronoamperometry of celgard systems with 

copper tape, uncoated LSP and coated LSP. 

 

2.4 Machining 

The aim of this study was to determine the effect of 

drilling on the electrical properties of structural 

supercapacitors. The key question to be addressed 

was whether holes drilled into multifunctional 

materials causes short circuiting or otherwise 

degrades the electrical performance. To study the 

effect of drilling on the electrical performance, two 
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electrical properties were chosen as indicators of the 

electrical characteristics, namely specific 

capacitance and resistance. These properties could 

be measured using chronoamperometry involving 

the application of a constant voltage until the 

supercapacitor was charged, followed by a discharge 

at zero volts (as per the previous section). 

 

2.4.1 Materials, apparatus and procedure 

The drilling studies were carried out on 

multifunctional laminates fabricated using two 5 

harness satin weave carbon fibre plies separated by 

two Style 120 glass fibre plies oriented at ± 45°. The 

strips were cut to 25 mm x 180 mm leaving the 10 

mm wide copper strips at the ends. Additional 

copper strips were attached over these copper strips, 

to allow connections to be made to the electrical test 

equipment via crocodile clips, Fig. 5. Two strips of 

MF laminate designated Bia1 and Bia4 were made 

available for testing. 

 

An Ivium-n-Stat potentiostat was used to perform 

the electrical testing using the charge discharge 

technique by applying 0 V for 600 s, charging using 

a step voltage of 0.1 V for 600 s and discharging at 0 

V for 600 s. The charge and discharge time was 

chosen to provide a sufficient time for the laminate 

to charge/discharge as much as possible while being 

short enough to allow the tests to be completed in a 

reasonable timescale. The voltage applied was 

chosen to be small enough to avoid any permanent 

changes in electrochemical properties but sufficient 

to give a measurable change in the current, which 

was recorded at intervals of 0.1 s. 

 

The lower surface of the laminate was supported by 

a wooden base and the upper surface of the laminate 

was covered with a wooden block containing 8 pre-

drilled 6mm diameter holes at an 18 mm pitch, i.e. 

three times the diameter. The strip was clamped  

 

 
Fig. 5. Multifunctional strip after cutting and drilling 

(strip length=180mm). 

 
Fig. 6. Clamped specimen during drilling. 

 

between the wooden support blocks and drilled into 

using a 6mm Gandtrak GT-250 drill bit at a speed of 

134 rpm (2.53 m/min), with a controlled feed rate of 

0.179 mm/rev using a milling machine, Fig. 6. After 

each hole was drilled, the strip was tested by 

carrying out the 600 s chronoamperometry test. The 

day after the electrical testing of the strip containing 

all 8 holes, repeat electrical tests were carried out to 

check the inherent variability of the testing under the 

worst case conditions with all holes drilled. 

 

2.4.1 Results 

A set of chronoamperometry plots before and after 

drilling each consecutive hole are shown in Fig. 7 

for strip Bia1 only. Inspection of the curves showed 

no appreciable differences in the charge-discharge 

characteristics from holes 0 (pristine) through to 

hole 8. 

 

The transient response to charging and discharging 

was characterised by using the following equation to 

fit to the charging region of the current versus time 

plot [2].  

 

I(t) = (V0/Rs)exp(-(t-t0)/τ)+V0/(Rs+Rp)(1-exp(-(t-t0)/ 

τ)) 

 

Where Rs, Rp and τ were the series resistance, 

parallel resistance and time constants found by 

minimising the differences between the measured 

results and the curve fit. The capacitance was then 

calulcated using the equation [2] 

 

C = τ(Rs+Rp)/(RsRp) 
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Fig. 7. Superimposed chronoamperometry plots after 

drilling 0 to 8 holes in strip Bia1. 

 

The specific capacitance was found by dividing by 

the remaining area of multifunctional material, 

taking into account the area removed by drilling. 

 

The calculated specific capacitance values are 

shown in Fig. 8 for both strips. For strip Bia1, the 

general trend was for the specific capacitance to 

increase slightly as additional holes were drilled. 

The maximum change in the specific capacitance 

was an increase of 23.9 % between the tests with 0 

holes and with 7 holes. For strip Bia4, the specific 

capacitance showed a marked increase after drilling 

hole numbers 4, 5 and 6 compared to the values for 

the other holes which appeared to show an 

approximately linear increase. The maximum 

change in the specific capacitance was an increase of 

40.7% between the tests after 0 holes and 4 holes. 

 

The inherent variability in the results was measured 

by twice repeating the electrical testing of both strips 

after all eight holes were drilled. These results are 

also shown in Fig. 8. For strip Bia1, the first test 

gave a capacitance of 0.89 mF/cm
2
 and the second 

and third tests gave capacitances of 0.84 mF/cm
2
 and 

0.90 mF/cm
2
; a difference of 5.6 % and 1.1 % 

respectively compared to the original test. For strip 

Bia4, the first test gave a capacitance of 1.01 

mF/cm
2
 and the second test and third tests measured 

capacitances of 0.96 mF/cm
2
 and 0.99 mF/cm

2
; 

differences of 5.0 % and 2.0 % respectively. 

 

 

Fig. 8. Effect of drilling on the specific capacitance 

for both strips. 

 

A measure of the resistance which characterised any 

electrical contact between the carbon fabric 

electrodes was calculated by taking the value of the 

parallel resistance Rp from the curve fit to the charge 

discharge response. If a short circuit was caused by 

the drilling, then charging the laminate resulted in 

the current not returning to zero. The calculated 

resistance values after drilling each hole are shown 

in Fig. 9. For both strip Bia1 and Bia4. The 

resistance for strip Bia1 was over 1.80 MΩ cm
2
 for 

all holes except after drilling hole 7 where it dropped 

to 1.40 MΩ cm
2
. The resistance of strip Bia4 was 

above 1.59 MΩ cm
2
 until hole 4 was drilled, where 

it dropped to 0.92 MΩ cm
2
. And remained between 

1.10 MΩ cm
2

 and 1.40 MΩ cm
2
 thereafter. The 

inherent variability of the resistance was as follows: 

For Bia1 the first test was 1.83 MΩ cm
2
 and for the  

 

 

Fig. 9. Effect of drilling on the resistance for both 

strips. 
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second and third tests 1.62 MΩ cm
2
 and 1.77 MΩ 

cm
2
; differences of 11.5 % and 3.3 % respectively 

compared to the original test. For strip Bia4 

resistance for the first test was 1.24 MΩ cm
2
 and for 

the second test and third tests 1.27 MΩ cm
2
 and 1.37 

MΩ cm
2
; differences of 2.4 % and 10.5 % 

respectively. 

 

3 Technology demonstrator 

Multifunctional panels have been incorporated into a 

composite variant of a Volvo S80 boot lid. The 

original part is made of pressed steel sheet 

(predominantly 0.9 mm thick) and comprises a two 

part outer skin joined above the licence plate 'scoop-

out', Figure 13. The skin is bonded/seam rolled onto 

a complex inner which provides most of the boot lid 

stiffness and functionality such as mounting points 

for hinges, lock catch and stops. It also seals against 

the car body and carries a wiring loom for e.g. 

licence plate illumination. The total weight of the 

painted steel part without accessories is around 13 

kg. 

 

3.1 Design 

The demonstrator boot lid is based on a CFRP skin 

with Multifunctional (MF) material integrated to 

serve both as structural reinforcement and electrical 

power source for lighting the boot space. It was 

decided to use a simplified geometry of the rear 

surface which now omits the license plate 'scoop-

out'. This has been smoothed out to enable easier 

incorporation of the MF laminate and simplify skin 

manufacture, Fig. 10. The complex inner was not 

replicated in the MF demonstrator boot lid but a 

simplified stiffening system replaced the inner. This 

enables mounting on a demonstrator car and 

maintains the opening/closing function albeit not a 

weather tight seal. At the time of writing, the 

demonstrator design had been completed, however, 

the actual manufacture had yet to take place. 

 

3.1.1 Structure 

An open composite tool based on the simplified 

geometry has been made by SICOMP. An original 

steel boot lid was 3D scanned and the geometry 

modified via CAE. The skin part will be laid up in 

the mould and autoclave cured at 120°C according 

to the recommended procedure for MTM57 resin. 

The chosen material system is T300/MTM57 plain 

woven prepreg with a nominal ply thickness of 

0.3mm but a lighter surface ply was laid down first. 

 

FEA has shown that a nominal skin thickness of 1.8 

mm is sufficient to resist typical operational 

handling loads when combined with the MF 

laminates which add 33 % torsional stiffness, see 

Section 3.1.3. An outer skin of four plies (1.2 mm 

nom) was laid up and pre-cured in the mould. Pre-

made MF laminates and a foam mask was then 

bonded to the skin while in the mould and covered 

by two additional plies of T300/MTM57 (0.6mm 

nom). A simplified stiffening structure was added to 

the skin and the full assembly post cured before 

removal from the mould. The stiffening structure 

consisted of a foam core bonded to the inner skin.  

 

 

 

 
Fig. 10. CFRP skin with six MF slabs (grey) and 

Omega stiffeners (red) laid up over a foam core. 
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Four plies of T300/MTM57 fabric was draped over 

the core thus forming omega sections with a nominal 

wall thickness of 1.2 mm, shown in red in Fig. 10. 

Dimensions were transferred in rough form from the 

original steel boot lid. Apart from providing general 

stiffness to the boot lid, the stiffeners form fixing 

points for hinges and a lock catch. 

 

3.1.2 Multifunctional laminate 

Prototype MF laminates produced during the project 

typically consisted of two 0.1 mm thick glass fibre 

separator plies sandwiched between 0.3 mm thick 

single plies of woven T300 carbon fabric oriented at 

45° giving a nominal cell thickness of 0.8 mm. The 

resin out-life is reduced drastically by modifications 

made to enable multi-functionality i.e. the ability to 

act as an electrolyte. Hence it was decided to pre-

fabricate laminate units of 200 x 300 mm. These 

were originally specified as double cells to enhance 

the voltage which could be delivered. However, 

prototype studies showed that cell imbalance was 

significant and balancing via resistors was not 

deemed attractive here. Single cells were thus 

specified and a simple voltage booster deployed to 

ensure that a typical white Light Emitting Diode 

(LED) could be powered. The voltage booster has an 

efficiency of about 0.8, yet it enables much more of 

the charge to be used and thus shows a net benefit. 

The cells comprise lightning strike protection (LSP) 

expanded copper mesh (t = 0.05 mm) on the surfaces 

for current collection. Structurally, each cell 

consisted of two carbon plies and four glass plies. A 

cell should be able to charge/discharge to at least 1 

V which is less than the nominal 3 V required for 

white LEDs which will be used for lighting the boot 

space. Cells were stacked four-fold through the 

thickness with 0.1 mm glass isolators between cells 

and on the surfaces of each slab. This resulted in a 

total thickness of 4.8 mm including the LSP. Six 

slabs were placed as illustrated in Fig. 10 with 30 

mm gaps which were filled by a foam mask. Hence a 

total of 24 cells were incorporated into the design. 

 

All cells were pre-fabricated and electrically tested 

prior to being assembled into slabs where typical 

200 x 300 mm slabs with insulated copper tape 

terminals are shown in Fig. 11. The four cells were 

parallel coupled within a slab which had two copper 

tape terminals penetrating through the outer glass  

 
Fig.11. MF slabs encased in glass with insulated 

copper tape terminals. 

  

insulating ply and were connected to L-shaped 

connectors bonded to the outer skin as the slabs were 

bonded in. Slits were cut in the inner skin plies 

during layup of these. After final cure the six slabs 

were parallel connected with conventional wiring on 

the inner boot lid surface. This gives the opportunity 

to reconfigure the connections and isolate a whole 

slab should a fault develop. 

 

3.1.3 Structural performance 

An FE model was set up based on the CAD 

generated skin and the simplified stiffener structure 

added in Simulia Abaqus/CAE. The omega stiffener 

foot was omitted from the model which consisted of 

6684 second order shell elements which conform 

well to complex curved geometry. The mesh 

consisted predominantly of quads and some 

triangular elements where necessary. Three load 

cases were analysed where a 100 N nominal point 

load was applied in various ways: 1) Bending, where 

a central load was applied to the bottom lip, Fig. 12 

(top). This resulted in less than 1 mm maximum 

deflection. 2) Indentation, where a load was applied 

to the central upper skin, Fig. 12 (centre). The 

predicted indentation was here around 1.4 mm. 3) 

Torsion, where a load pair was applied in opposite 

directions, Fig. 12 (bottom). This generated 

deflections in the order of 12 mm which were 

considered to be the critical design case in terms of 

stiffness. Strength has not been considered in detail 

as stresses generally were below 100 MPa. 
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Fig. 12. Load cases: Bending (top), indentation 

(centre), torsion (bottom). 

 

The torsion load case was repeated with the skin 

alone to illustrate the importance of the stiffener 

structure and MF slabs. A significant stiffness 

increase was achieved by adding the stiffeners and a 

further 33 % increase by adding the MF slabs. This 

stiffening effect was mainly due to increased spacing 

between the continuous skin plies. In other words, 

the MF slab stiffness was not highly critical in this 

case. The composite boot lid with MF capability was 

about three times more compliant in torsion than the 

original steel part. This was thought acceptable, 

given that the boot lid will not be subjected to a 

normal service life. The mass was less than half of 

the steel part which in principle could be utilised for 

additional electrical storage capacity but this was not 

explored in the demonstrator for cost reasons.  

 

3.1.4 Electrical performance 

The discrete stack design is not optimal from a 

structural viewpoint but it does mitigate the 

implications should a fault develop because 

individual stacks can be disconnected from the 

system. It also allows testing of cells before 

assembly and finally different device types can be 

mixed. 

 

A white LED was used as a light source for the 

bootlid lighting. White LEDs require around 3 V to 

function reliably. It was deemed risky to charge the 

cells beyond 1 V due to the presence of water in the 

laminates and hence the possibility of electrolysis 

resulting in cell degradation. To achieve the required 

voltage and to extend the operation time further, a 

DC voltage booster was employed, although these 

typically have an efficiency of around 80% yet a net 

gain in operation time can be anticipated due to the 

disharge charteristics of the MF laminate. 

 

4 Concluding remarks 

4.1 Current collection 

While the power density for the present MF laminate 

is still below that anticipated in the future, it was 

shown that improved electrical performance can be 

achieved by using a distributed current collection 

system. The voltage limitation due to electrolysis is 

an issue which needs to be addressed in future work. 

Here expanded copper mesh, commonly used for 

lightning strike protection, was integrated into the 

laminate and formed good contact with the carbon 

electrodes. This improved the capacitance by 

lowering the equivalent series resistance relative to 

that achieved with discret copper tape terminals. 

Potential corrosion issues were addressed by 

applying conductive coating to the copper prior to 

laminating. 

 

4.2 Machining 

Capacitance based on chronoamperometry tests 

appeared largely insensitive to drilling of the two 

laminate samples considered here. With the 

exception of one test, the inherent variability was 

greater than any trend resulting from drilling alone 

for one sample (Bia1) while the capacitance 

increased slightly with number of holes for the 
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second sample (Bia4) beyond the inherent 

variability. Both capacitance and resistance were 

affected significantly by ambient conditions where 

the effect manifested itself at known stages in the 

drilling process after the laminate samples had been 

subjected to changes in ambient conditions. Overall 

this study concluded that drilling did not affect the 

capacitance and hence multifunctional capability 

negatively for the laminates considered here. 

 

4.3 Demonstrator 

The design study has shown that adding MF 

laminates to an automotive composite part can 

enable electrical energy storage and save weight 

while maintaining an acceptable stiffness compared 

to the original steel part. The most important 

function of the demonstrator is perhaps to showcase 

the possibilities and issues faced when implementing 

multifunctional laminates in a real component. Some 

of these issues include the limited MF slab size 

which has reduced both the potential electrical 

storage capacity and structural performance. A 

discrete configuration is however more flexible from 

a systems point of view, albeit more time consuming 

to manufacture and integrate. Given further process 

development, continuous MF laminates are 

envisaged which will enable a more conventional 

layup process. The demonstrator boot lid has shown 

that it is possible to power a local consumer directly 

by a representative car component. 
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1 Introduction
There are majority of failure mechanisms for
composites. Therefore, it is recognized by many
scholars that the failure locus of anisotropic
composites can be expressed by an unsmooth
function. The failure envelope corresponding to the
specific failure mode should be formulated by the
independent functions. Hashin [1] has proposed the
failure criteria of transversely isotropic material
which are controlled by the fiber and matrix failure
modes. Rychlewski [2] has extended the Mises
criteria to the anisotropic material. I Huber [3] has
proposed a limit condition based on the assumption
that only a certain part of elastic strain energy is
responsible for the limit condition. Kowalczyk-
Gajewska [4] has also developed the energy-based
limit criteria for anisotropic elastic materials with
internal constraints which include the restriction
from the elastic region and limit state. Arramon[5]
has utilized the Kelvin energy-based mode and
complementary maximum stress condition to
consider the different tensile and compressive
strength of material. It is well known that the fiber
reinforced composites have the different stiffness
and strength when the different loading conditions
are imposed on the different directions. Therefore, in
the normal stress space, there are eight loading
combinations. In this paper, the strength of 3D
braided composites is studied by the
micromechanical and macromechanical methods.
The progressive damage analysis of the composites
is conducted by using the representative volume cell
(RVC). The failure stress can be simulated in the
constituent scale. In addition, the failure
mechanisms of constituent in the composites have
been included during the progressive damage
computation. Meanwhile, the energy-based limit
condition is also utilized in the composites based on
the spectral decomposition of elastic tensor. In the

limit condition, the different tensile and compressive
stiffness is taken into account.

2 Geometry and finite element model

The 3D axial braided composite preforms have
four directional reinforcements. Three
directional carbon fibers is uniform angular
distribution in the meridional plane. And the
fine carbon fiber pultruded rigid rod is
reinforced in the normal direction of meridional
plane, as shown in Fig. 1.

Fig.1 Braid configuration of 3D axial braided
braided composites.

(a) Geometry model   (b) finite element model
Fig. 2 Geometry and finite element model of 3D

axial braided composites.

A representative volume cell (RVC) of the
composites is established by measuring the
mesoscopic geometrical sizes. The cross-section
of fibers in the meridional plane represents the
rectangular. The cross-section of rigid rod
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exhibits circle. Then, the finite element model
of the composites is establishes as shown in Fig.
2.

3. Kelvin spectral decomposition of elastic tensor

The spectral decomposition of elastic tensor is
to calculate the eigenvalue and eigenvector
problem, which can be written as

: ( ) = Λ( ) ( ) ≤ 6
where, Λ( ), ( ≤ 6) and ( ), ( ≤ 6) are
eigenvalue and second order symmetry model
tensor of the stiffness tensor.
The elastic strain energy of the material can be
divided into several Kelvin mode forms, that is

U = =
1
2

1
Λ( )

( ) ( )

The limit tensor and elastic tensor exhibit
coaxial for the quasi-brittle composite material.
Therefore, the limit conditions of the material
can be written as

(T )
+

(T )
+ + +

= 1
where, T = A σ + A σ + A σ , T =
A σ + A σ + A σ , , ( ≤ ) is the
elastic limit energy corresponding to the
specific Kelvin mode.

4. Results and discussion

Fig. 3 is the biaxial compressive curve of the 3D
axial braided composites. The biaxial
compressive experiment was conducted. The
simulation is carried out by the progressive
damage analysis of RVC of the composites
applied the periodical boundary condition. It can
be found that the numerical results are in good
agreement with the experimental data. Fig.4 is
the failure locus of the composites. After the
RVC is applied a different proportion of loading,
the numerical results exhibit some rules. The

numerical results are very close to the
experiment data. Therefore, the failure loci of
the braided composites can be fitted by these
failure points. The tendency of limit envelope is
similar with the numerical and experimental
data.

Fig. 3  biaxial compressive stress-strain curve
with 1:1 loading

Fig. 4 failure locus of 3D axial braided
composites
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Sandwich structures exhibit high stiffness and 

strength to weight ratios [1], and they are used 

extensively for multiple applications for this reason. 

However they are very sensitive to localized stress 

concentrations occurring at load introductions and 

discontinuities between the face sheet and core, 

which may lead to the development of interface 

debonds and cracks.  

Particularly, interface cracks have been extensively 

studied due to their unique behavior and 

characteristics. Often the toughness of the face-core 

interface is lower than the toughness of the bonded 

materials causing the crack to propagate parallel to 

the interface. That way the crack path is imposed by 

the interface geometry. Thus interface cracks tend to 

propagate under mixed mode conditions, while both 

opening and sliding of the crack faces is observed. 

In addition, the difference in stiffness between the 

facesheet and core material creates a characteristic 

oscillatory singularity at the crack tip, which has 

been extensively studied together with its effect on 

propagation [2-3]. Jakobsen et al. [4] also derived 

explicit equations for stress intensity factors for an 

interface crack closing a tri-material wedge while 

studying crack deflection by core junctions.  

Deriving crack propagation properties for a wide 

range of bi-material interfaces has been feverously 

followed. D.Zenkert and M Burman [5-6] performed 

a series of quasistatic and fatigue tests to identify 

fracture toughness properties and power law 

coefficients for propagation in fatigue for different 

facesheet-core interfaces. Quispitupa and Manca [7-

8] studied interface crack propagation between a 

wide range of PVC foams and glass reinforced resin 

polymer and derived power law curves for different 

phase angles of mode mixity. 

Together with the characteristics of crack 

propagation, the impact of cracks in sandwich 

structures has been investigated. D.Zenkert [9] used 

experimental tests and numerical tools to investigate 

the reduction in strength of sandwich beams with an 

initial face/core debond. Moreover, damage 

tolerance in sandwich structures has been researched 

by Zenkert and Hayman [10-11] for a wide range of 

applications in the industry.  The importance of 

investigating the effect and severity of debonds in 

sandwich structures is underlined as well as the 

investigation of damage tolerance and ways to 

improve it.  

For that reason, several crack stopping devices have 

been proposed [12-13] to limit the severity of 

debond propagation in sandwich structures. A new 

concept for a peel stopper was proposed recently by 

Jakobsen et al. [14], using Polyurethane (PU) for the 

manufacturing of a special core insert. The new peel 

stopper approach was tested in quasistatic and 

fatigue loading conditions [15], and it was proven 

capable of achieving crack deflection away from the 

face-core interface. Furthermore it was able to arrest 

the crack and prevent it from kinking back into the 

face-core interface and continue propagating. 

The purpose of the current investigation is to test the 

performance of a new concept of fiber reinforced PU 

peel stopper under both quasistatic and fatigue 

loading conditions. The new peel stopper concept is 

fabricated in the shape of thin sheets to reduce the 

weight penalty associated with introduction the peel 

stopper device into a sandwich structure. Glass 

fibers were included in the PU material to increase 

the fracture toughness of the material and prevent 

crack kinking during fatigue loading conditions. In 
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the present work, the investigation focuses on testing 

of beam specimens with embedded peel stoppers and 

as such serves as an evaluation step before fracture 

modeling, concept optimization and implementation 

of the new concept to sandwich panels. Evaluation 

criteria should rely on the ability of the peel stopper 

to deflect a propagating crack to the center of the 

core material, its resistance to kinking and crack 

penetration. Furthermore an extended life behavior 

in fatigue should be observed before a re-initiation 

and crack propagation. 

2 Method and Materials 

2.1 Test Specimens 

Twelve sandwich beams, each containing the new 

fiber reinforced peel stopper were fabricated. Six of 

the beams were loaded quasistaticaly and the six 

remaining were loaded in fatigue. 

The main features of the geometry and the 

constituent materials of the test specimens can be 

seen in Fig. 1. The core structure consists of 

Divinicell H100 foam in its main part while H200 

was used to reinforce the edges and the loading 

point. 

The peel stopper was fabricated using a two 

component PU resin that was impregnated into a 

layer of UD glass fibre rowings. A specially 

manufactured mold was used to obtain the desired 

geometry of the peel stopper. The glass fibres were 

aligned in the direction along the height of the peel 

stopper (Fig. 2) to increase the fracture toughness of 

the material. 

The face sheet laminates of the sandwich beams 

consist of 4-plies of 0
o
/90

o
 glass-epoxy laminae and 

were both infused at the same time using vacuum 

assisted resin transfer moulding (VARTM).  

The mechanical parameters for the constituents of 

the beam specimens are given in Table 1.  

2.2 Experimental procedure 

The experimental investigation utilizes beam 

specimens loaded in 3-point bending, Fig. 1. The 

objective of the investigation is to assess the ability 

of the new peel stopper concept to deflect and arrest 

a propagating face-core interface debond under both 

quasistatic and fatigue loading conditions.  

For the quasistatic loading experiments, six beams 

were tested. The tests were conducted in 

displacement control at a rate of 5 mm/min. The 

maximum load at crack initiation was recorded and 

used as a reference for the fatigue loading tests. The 

load though, as it will be shown later, was over 

estimated by the quasistatic test.  The reason is an 

increased initial resistance effect introduced by the 

resin, resting around a strip of TEFLON film at the 

crack tip. In order to overcome the limitation, a 

sharp crack tip is necessary to induce. 

The remaining six specimens were tested under 

fatigue loading conditions. Before, loading the 

specimens in fatigue the correct maximum 

quasistatic load had to be identified. A methodology 

for achieving that goal was developed and at the 

same time, it was used as a way to initiate a sharp 

crack tip at the crack fronts.  

The methodology uses the displacement at failure 

from the quasistatic tests as the maximum 

displacement. A displacement controlled fatigue test 

is initiated starting at 40% of the maximum 

displacement for as many as 500 cycles. After all the 

loading cycles are completed, the displacement is 

increased by 5% and the specimen is loaded for 

another 500 cycles. The procedure continues until a 

sharp crack is created and until a considerable 

reduction in load is observed with each cycle. The 

method assumes that when loading for a small 

number of cycles, the crack should propagate 

considerably only when the fatigue load is close to 

the quasistatic limit. Displacement controlled 

loading is chosen as a means to avoid unstable crack 

growth after initiation and extensive propagation of 

the crack front. The force taken at the start of the 

500 cycle round in which the crack tip initiated is 

considered close to the quasistatic maximum. 

After crack initiation, the fatigue test was run in 

displacement control to avoid unstable crack growth. 

The initial maximum fatigue displacement was 

chosen at the 80% of the maximum displacement, 

derived from the initiation method described above. 

The frequency of the loading was set to f=3Hz and 

the stress ratio at R=0.1 to avoid heating and crack 

closure respectively. As the crack propagated, the 

applied load decreased and the cracks decelerated. 

When a specified certain amount of cycles was over, 

the displacement was increased and the specimen 

was loaded again. The test was terminated when 

failure outside of the crack stopper limits occurred. 
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3 Results 

3.1 Quasistatic test 

The quasistatic tests were mainly conducted to 

identify the maximum load in static for crack 

initiation and growth. As mentioned above the initial 

resistance to crack growth due to resin around the 

crack tip leads to over predicting of the maximum 

static load for initiating crack propagation. The 

maximum load and displacements for the quasistatic 

tests were recorded and are given in Table 2 for all 

the six beams. After the first failure, the right front 

of the crack had propagated unstably, towards the 

lower interface and then got deflected by the crack 

stopper. At the same time a new crack appeared on 

the other side of the crack stopper and propagated 

towards the outer support of the 3-point bending test 

set-up. It is clear that the instability due to extensive 

initial quasistatic loading affected the response. The 

crack propagated instantly to reach the state of fig. 3 

which doesn’t provide any information on the effect 

of the crack stopper in the structure. Only the right 

crack front propagated during the quasistatic test. 

The crack kinked directly to the core material and 

propagated towards the lower interface. The crack 

afterwards, continued to propagate parallel to the 

face/core interface until it got deflected by the peel 

stopper. The peel stopper deflected the crack away 

from the interface and into the core material. 

Instantly, after the crack reached the peel stopper 

limits another crack initiated on the other side of the 

peel stopper material in the foam. The left crack tip, 

in all cases, kinked upwards in to the facesheet as it 

was loaded under a negative phase angle with mode 

II dominance. The behavior observed, explains the 

increased fracture resistance of the left crack front 

and the much slower propagation rate in comparison 

to the right.  In all cases the peel stopper was able to 

deflect the crack and also resist crack propagation 

into its material. A  new crack always started on the 

foam behind the stopper. 

3.2 Fatigue test 

The crack initiation methodology/routine was 

applied to each beam before fatigue testing. From 

Table 2 the average maximum displacement before 

failure from the quasistatic test is found to be 

Wavg=14,39mm. Starting at 40% of the maximum 

displacement with a step of 5% for 500 cycles per 

step the specimens were loaded until crack initiation. 

In Fig. 4. the change in load during the last 500 

cycles of the routine is plotted.  The load reflects  

the load that initiated a sharp crack in each specimen 

for the 500 cycles. In all cases when lower 

displacement was applied no visual confirmation of 

a sharp crack tip was possible. A reduction though in 

the applied load was observed in all cases but of less 

magnitude than for the initiation loads. For beam 9 

the routine ended after 250 cycles as a relatively 

large crack had already propagated, to about 4 mm. 

The load and displacement for crack initiation as 

derived from the crack initiation methodology is 

given in Table 3. The displacements and loads 

reflect to 60-65% of their quasistatic tests 

equivalents. The results show that the static load for 

failure could be overestimated as much as 35% in 

such cases if relied only on the quasistatic tests 

values. 

The test procedure was stopped when a new crack 

face, 3-5 mm, had initiated and when a certain loss 

of stiffness was observed, Fig.4. The loss of stiffness 

is attributed mainly to the creation of new cracks but 

also to some plastic deformation of the beams.  

Furthermore, the initial crack tip had initiated only 

in the right crack side, as a kink of the crack inside 

the foam material. The left crack tip loaded, as 

mentioned before, under mode II dominant 

conditions, initiated later, during the actual fatigue 

tests. After a sharp crack was created the fatigue 

displacement for the rest of the fatigue test was 

chosen at the 80% of the average maximum 

displacement of the initiation routine.  

In Fig. 5., the compliance of the specimens is plotted 

against the number of loading cycles. The 

Compliance is chosen here instead of the load signal 

because the fatigue tests under displacement control 

were executed within steps where the displacement 

was increased and thus only the load-displacement 

relation of the beams represents crack growth. In the 

plots three stages of the life of the beam during 

crack propagation are emphasized. In Figure 6. the 

three stages are shown in the beam and reflect the 

starting position of the crack tip from where the 

number of loading cycles starts to count. The 

maximum crack deflection point represents the 

arrest point, where the crack stops propagating. 

Finally, the third point represents the position and 

time when the new crack face is initiated on the 
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other side of the peel stopper where the fatigue test 

stops and propagation accelerates. Although from 

the arrest point up to the re-initiation point there is 

no crack growth, the compliance of the beams 

increases in all cases. The increase is attributed to 

crack growth and damage development on the left 

part of the crack during the arrest period. 

4. Discussion  

The results from the quasistatic experiments showed 

the difficulties in deriving the static limit for damage 

propagation when initial damage is included in the 

structure. Alternatively, a fatigue procedure was 

developed to identify the static limit and at the same 

time initiate the crack propagation. The maximum 

load for crack propagation in quasistatic was found 

as low as 60% lower than the loads derived from the 

quasistatic experiments. Such difference may lead to 

an over estimation of the maximum strength of the 

structure when an initial debond is present. 

The purpose of the investigation was to evaluate the 

performance of the new peel stopper made of glass 

fibre reinforced PU and shaped in thin sheets. The 

effectiveness of the peel stopper is evaluated based 

on its ability to deflect and arrest propagating face-

core interface cracks/debonds for the duration of the 

experiment. In case of fatigue loading, the 

performance is evaluated additionally by the number 

of cycles the peel stopper was able to contain the 

crack.  

In all cases the embedded peel stopper managed to 

successfully deflect the propagated crack into the 

inner area of the core. In quasistatic tests the energy 

released upon initiation of the crack propagated it 

unstably and also created a new crack in the foam 

material, on the other side of the peel stopper. 

The observation suggests that stresses in the area 

behind the peel stopper where new cracks are 

initiated are a major design variable for the peel 

stopper. 

The same crack propagation scenario is observed in 

fatigue tests as well. In fatigue tests, although there 

is a significant time/loading cycles frame where the 

propagation of the crack is stopped completely 

before the new crack initiates. In figure 5, it is seen 

that in all beams the arrest period of the crack lasts 

longer than propagation, suggesting a substantial 

increase in fatigue life.  

Also, it is important to point out that each beam 

required a different amount of loading cycles before 

the end of the experiment, Fig. 5. This 

unrepeatability of the results is mostly attributed to 

the behavior of the left crack front introduced by the 

TEFLON layer. The left crack front is loaded in a 

mode II dominant phase angle, which usually leads 

to an increased fracture resistance of the interface. In 

fatigue, where typically the energy release rate is 

lower than quasistatic testing, the effect was that the 

propagation and damage development scenario 

differed a lot between each beam. Three different 

propagation scenarios where identified: a) the crack 

didn’t propagate at all, b) the crack kinked into the 

facesheet where it propagated a few millimeters, c) 

the crack kinked in to the foam material where it 

propagated steadily. The three different cases 

encountered, affected the overall compliance of the 

beam differently. In displacement control the 

difference in compliance resulted in different load 

levels with a significant difference in the force 

applied while the investigated crack length was the 

same. When the loads were higher meaning that no 

damage has developed on the right crack front, the 

total load cycles were reduced. In all cases though, 

regardless of the total number of loading cycles, the 

initiation of a new crack required a significant 

amount of loading cycles compared to propagation. 

Finally, from the results it is evident that the area 

investigated, pictured in Fig. 6., requires further 

attention. It was observed that the peel stopper was 

never penetrated by the propagating crack. Thus the 

re-initiation of the crack becomes a “fatigue life” 

problem for the foam rather than a propagation 

problem based on fracture mechanics. A numerical 

model of the beam is developed in order to capture 

stresses in the area at different stages of crack 

propagation. By extracting stress levels in the foam 

material, the number of loading cycles before re-

initiation can be predicted. Finally, a shape 

optimization algorithm can be developed to lower 

the stresses in the critical area, and thereby increase 

the expected lifetime.  

 

5. Conclusions 

 

A three point bending test was utilized to assess the 

performance of a crack stoping element in sandwich 

beams. In total, twelve beams were tested in 

quasistatic and fatigue loading conditions.  
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The preliminary tests reported herein have shown 

that the proposed peel stopper concept is capable of 

achieving both deflection and arrest of propagating 

face-core delaminations/debonds in sandwich beams 

subjected to both quasistatic and fatigue loading 

conditions. The fatigue results showed a significant 

effect on the remaining life of the beam as load 

caring component. Observations suggest that the 

peel stopper element can potentially be used as a 

tool to improve damage tolerance in sandwich 

structures. Furthermore, one of the limiting factors 

of the new peel stopper design was identified in the 

foam area behind the peel stopper, where typically a 

new crack inititates . The next steps of the research 

will include detailed fracture mechanics modeling, 

peel stopper concept optimization (geometry and 

material composition) as well as implementation in 

representative sandwich plate and shell structures. 

 

 

 

Fig. 1. Sandwich beam specimen in 3-point bending 

testing rig. 

 
Fig. 2. (A) Fiber reinforced peel stopper design and fiber 

alignment. (B) Cross section of the peel stopper sheet. 

 

 
Fig.3. Crack path after initiation of damage in quasistatic 

test. 

 
Fig. 4. Force at maximum displacement for the last 500 

cycles of the crack initiation routine. 
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Fig. 5. Compliance – Number of cycles relation for the six beams loaded in fatigue. The borders reflect three different 

stages of life cycle of the beams. a) Starting point, initiation of the fatigue life cycle after crack has reached the lower 

interface, b) Arrest deflection, the maximum deflection length of the crack inside the peel stopper, c) Initiation of new 

crack tip, the time where a new crack face is created at the other side of the peel stopper 
 

 

 

Reinitiating crack tip

Maximum crack deflection point

Starting position

 
Fig. 6. The three stages of crack evolution in the sandwich 

beam  
 

 

 

 

 

Material 
Young’s 

Modulus, MPa 

Tensile 

strength, MPa 

Face sheet 

GFRP 
24050 467 

Divinicell  

 H-100 
130 3.5 

Divinicell  

H-200 
250 7.1 

PU 100 10 

Fibre 

reinforced PU 
- - 

Table 1. Estimated mechanical properties of the beam 

materials  
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Specimen Maximum load 

(N) 

Displacement 

(mm) 

 1 1884,74 14,67 

2 1709,32 13,71 

Beam    3 1829,54 14,21 

4 1807,89 15,69 

5 1831,92 14,38 

6 1756,38 13,73 

Table 2. Maximum Load in static before crack initiation, 

as derived from the quasistatic test. 

Specimen Maximum load 

(N) 

Displacement 

(mm) 

 7 1400 6,5 

8 1370 6,5 

Beam    9 1400 6,5 

10 1371 6,5 

11 1421 6,5 

12 1327 6,5 

Table 3. Maximum Load in static before crack initiation 

as derived from the fatigue initiation procedure. 
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1  Introduction  

 
Bamboo fibers are an attractive alternative to 

reinforce polymers in the new era of green 

composite materials. Bamboo fibers have been 
scarcely used due to the difficulty in extracting high 

quality technical fibers. In the current research 

project a mechanical process has been developed to 

extract undamaged long technical fibers from the 
Colombian species Guadua angustifolia. The 

average modulus of these fibers is 43 GPa (± 2.5%) 

and the strength reaches 800 MPa (± 15%). To fully 
explore these excellent mechanical properties and to 

make an adequate use of this new material as 

reinforcement, it is indispensable to have a complete 

understanding of fiber behavior as a function of the 
microstructure. 

 
2 Materials and testing methods  

 
The bamboo culms (species Guadua angustifolia 
Kunth) were extracted from a typical bamboo 

plantation in Colombia, specifically from the Coffee 

Region at the National Research Center for Guadua 
where the environmental conditions are: 1.240 

meters above sea level, a temperature of 25°C and 

relative humidity of 80%. Bamboo technical fibers 

were extracted from the bamboo culms giving a 
maximum technical fiber length between 20 and 35 

cm and a diameter between 90 and 250 µm (Fig. 1).  

 
 

 

 

 
 

 

 
 

 

 

 
 

 

 
 

 

 

 

2.1 Microscopic observations 

 

SEM observations were made on transverse sections 
of the culm in order to investigate the distribution of 

the vascular bundles as well as the microstructure of 

the fiber wall. Samples (1cm
3
) were cut using a 

sledge microtome (Reichert, Vienna, Austria) in 

order to preserve all the surface features and to avoid 

artefacts that can appear after grinding or polishing 

techniques. After treating with a bleaching agent, the 
samples where rinsed and dehydrated in an ethanol 

series (50, 75 and finally 96%), followed by gold-

coating and observed using a scanning electron 
microscope (SEM), Philips XL 30 FEG.  
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Fig. 1: Technical bamboo fibres 

ICCM19 2710



Thin sections for light microscope (LM) 

observations were made to observe the layering 

structure of the wall of the elementary fibers. Small 
samples (1mm

3
) were progressively infiltrated with 

LR white (LRW). Sections 5μm thick were 

produced.  

 

2.1 Microfibril angle 
 

The angle of the microfibrils in the primary and 
secondary wall layer of bamboo elementary fibers 

was determined based on a new technique developed 

by  Wang [1].  
 

 
2.2 Sample preparation and tensile test for single 

technical fibers 

 
Single fiber tensile tests at gauge lengths of 2, 5, 10, 

25 and 40 mm were performed on a mini tensile 

testing machine developed in the Department of 

Metallurgy and Materials Engineering at KU 
Leuven.  

 

Short span tensile tests of technical fibers at gauge 
lengths of 0.5, 1 and 2 mm were performed on a TA 

Instruments Q800 Dynamic Mechanical Analyzer 

(DMA), with a Film Tension Clamp.  
 

Both experiments were performed following the 

methodology described in [2]. Experiments are 

performed on a range of test spans, to allow 
determining an extrapolated E-modulus at infinite 

span length. This way the effect of slippage in the 

clamps can be filtered out. Also, by determining a 
system compliance, strain values can be corrected 

for slippage. 

 

 

2.3 Estimation of the Young’s Modulus of 

elementary bamboo fibers.  

 
To correlate the fiber microstructure with the 

mechanical properties, the technical bamboo fiber is 

considered as a unidirectional (UD) short fiber 
composite (SFC). The elastic modulus of elementary 

bamboo fiber is predicted based on the Cox model 

[3-5] and the Halpin-Tsai equations [6, 7],  

 

2.4 Transverse fiber properties  

 

Bamboo fiber composites were tested in transverse 
flexural 3PBT and transverse tensile test in order to 

assess transverse technical fiber properties. 

 
Unidirectional bamboo fiber/epoxy composites were 

produced using vacuum infusion. Based on sample 

dimensions and the desired fiber volume fraction, 

the amount of fibers that need to be placed in the 
mould can be calculated. A fiber volume fraction of 

approx. 40% was used. 

 
Transverse flexural 3PBTs and Transverse Tensile 

tests were performed according to the ASTM 

D790M and ASTM 3039 respectively.  

 

3 Results and discussion 

3.1 Study of fiber microstructure 

 
The technical fibers (bean-shaped) attached to the 

conductive supporting tissue are the mechanical 
support of the bamboo culm; they consist of many 

elementary fibers connected by lignin called middle 

lamellae (Fig.2).  

 
 

 

 
 

 

 

 
 

 

 
 

 

 
 

 

The elementary bamboo fibers exhibit a hexagonal 

or pentagonal shape; the small hole in the centre of 
each elementary fiber is called lumen. As mentioned 

before, each elementary bamboo fiber wall possesses 

a unique multilayer configuration called 
polylamellate structure (Fig.3), where every layer is 

reinforced with cellulose microfibrils at different 

 

 

Fig. 2: Bamboo fiber bundle; upon fibre extraction the bundle 
splits up in a few technical fibres, each consisting of several 

elementary fibres  
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angles. This structure determines the mechanical 

properties of the technical fibers and contributes to 

the strength and modulus of the bamboo culm.  
 
In agreement with other researches [8-11], the 

polylamellate structure or multilayering of the 
elementary fibers for Guadua angustifolia is more 

visible in the periphery of the fiber bundle where the 

elementary fiber wall has in general 2 to 4 layers 
(Fig. 4).  

 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

 
 

 

 

 
 

 

 
 

 

 

 

 

 

3.2 Microfibril angle 

Figure 5 shows a detail of the secondary wall of an 

elementary fiber, after chemical treatment where the 

primary wall has been etched away. The orientation 
of the micro-fibrils is close to 0 degrees in 

agreement with [9]. 

 
 

 
 

 

 

3.3 Mechanical properties of long technical fibers 

 
Fiber mechanical properties have been studied at 4 

different span lengths (5, 10, 25, 40 mm) to 
determine the fiber quality after the extraction 

process and the mechanical performance of the new 

material. The tensile strength has a small variation as 
a function of the span length and remains at about 

800 MPa (Fig. 6). The Young’s Modulus is on 

average 43 GPa. In terms of specific properties, 
normalized to the density, they can be compared 

with glass fibers [2]. 

 

 
 

 

 
 

 

 
 

 

 

 

 

 

Fig. 3: Polylamellate structure of elementary 

bamboo fibers. 

Fig. 4: Elementary bamboo fiber where 
multiple layering is not visible 

 

Fig. 5 Microfibrils of the secondary wall 
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Fig. 6: Tensile strength of bamboo technical fibers.   

 

 

Fig. 7: Estimated Young’s modulus of elementary bamboo fibers.   
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3.4 Mechanical properties of elementary bamboo 

fibers 

 
The mechanical properties such as strength and 

Young’s modulus of the elementary fiber were 

predicted based on a novel approach that combines 
the micromechanics of composite materials, 

commonly used for unidirectional short fiber 

composites and the fiber microstructure. The 

estimated Young’s Modulus of the elementary fiber 
is 50 GPa (Fig. 7) for an aspect ratio 

(length/diameter) larger than 38.  
 
Short span tensile tests were performed on technical 

fibers in order to validate the predicted values. 

Experimental results are in agreement with the 
predicted values. The orientation close to 0 degrees 

of the microfibrils of the secondary wall explains the 

high longitudinal stiffness of bamboo fibers. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 
 

 
 

 

 

 

 

 
 

 

 

  
 

 

 
 

 

 
Also, the failure modes of single fibers after tensile 

testing were analyzed by microscopic observations, 

to have an indication of the stress development in 

the elementary fibers and the different failure 
mechanisms. In the failure mode of Fig. 9, the 

technical fiber was split and the failure occurred 

along or inside the primary layer where the 
microfibrils are oriented at an angle of 90°. In Fig. 

10 an elementary fiber was pulled out from the 

technical fiber. 
 

 

 
 

3.5 Study of the anisotropy of bamboo technical 

fibers  

Until now, longitudinal properties of single bamboo 

fibers have been studied showing that this new 

reinforcement possesses good mechanical properties.  
 

Nevertheless, in the case of natural fibers, it is 

widely known that they have a complex anisotropic 

structure which influences the transverse and shear 
behavior of the final composite. Information about 

this aspect is scarce and therefore needs to be 

investigated.  
 

 

 

 
 

Fig. 8: Young’s Modulus of elementary bamboo fibers, 

experimental values 

 

Fig. 9: Failure along the primary layer of elementary 

fiber.  

Fig. 10: Elementary fiber pull-out. 
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Table 1 shows the transverse Young’s modulus of 

bamboo fiber/epoxy composites, calculated from the  
transverse flexural and tensile tests. In both cases the 

value of the Young’s modulus is close to the 

Young’modulus of the pure resin which is typical 
for a matrix dominated test.  

 

Assuming isostrain condition during the complete 
tests, bamboo technical fiber transverse modulus is 

determined at 2,66 GPa by back calculating from the 

composite behavior using the Halpin-Tsai equations. 

Results reveal that the technical fiber is highly 
anisotropic and the lignin layer that connects the 

elementary fibers acting as the matrix material, is the 

main responsible for the low transverse properties of 
the technical fiber. 

 

 

3. Conclusions 

 

The hierarchical structure of bamboo fibers can be 

described with the help of the micromechanics of 
composite materials. 

In general, the results of this study suggest that there 

is a good potential for long bamboo technical fibers 
as reinforcing material for polymeric matrices and 

that the material could be appropriate to be used for 

commercial applications, where the fulfillment of 

environmental regulations and weight reduction are 
important aspects.  

 

The elementary fiber has a Young’s modulus of 
around 50 GPa, which is both found by back-

calculating from technical fiber modulus and 

experimentally by conducting very short span single 
fiber tensile tests. 

 

Microstructural observations reveal that the cellulose 

microfibrils of the elementary fibers have 
predominantly 0 degree orientation, combined with a 

thin outer primary wall layer of the elementary 

fibres with 90 degree orientation.    
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Abstract 

Current research work at the Chair for Automotive 

Lightweight Construction (LiA) at the University of 

Paderborn concentrates on the investigation of 

hybrid materials and their processing. In particular, 

new manufacturing processes like the prepreg press 

technology are developed to make hybrid 

components attractive and available for automotive 

mass production. This includes for example the 

trimming of process chains, the decrease of cycle 

times and thus a reduction of process steps and 

costs. In addition, various combinations of hybrid 

materials are examined based on material and 

component tests. 

First, the available paper will show basic 

technological investigations in the field of prepreg 

press technology. This technology can be used to 

manufacture sheet metal-CFRP-structures for 

automotive applications. The process is divided into 

four steps: After the combination of different 

prepreg layers and cutting, the semi-finished 

products are inserted into a heated mold. In this step 

the prepreg is directly pressed onto a formed sheet 

metal structure and pre-cured. The bonding is 

realized through the epoxy resin as an adhesive. In 

the next step the components are removed and 

stacked. The post-curing of the FRP-structure is 

realized in an anyway downstream cataphoretic dip 

painting process. With expected cycle times of less 

than five minutes, the developed approach for 

manufacturing locally reinforced components is one 

possibility to solve the challenges of high-volume 

manufacturing in the field of CFRP. 

After giving an overview of the process of 

manufacturing multi-material components by using 

sheet metal and FRP prepregs research results 

regarding tool design, process and forming 

parameters as well as process control and cycle 

times will be discussed. 

 

1 Introduction 

Due to economic and ecologic constraints the 

development of lightweight concepts becomes 

extremely important. For example, on the one hand 

the maximum average CO2 emissions of automotive 

manufacturer’s vehicle fleets are regulated by the 

European Commission. On the other hand aspects 

like fuel consumption have to be regarded 

concerning limited natural resources and running 

costs. 

Nevertheless, the average weight of automobiles 

increased over the past years by about 100 kg per 

decade. This is mainly a result of rising comfort and 

safety requirements. To reverse this trend, the 

automotive industry identified lightweight design as 

a key factor. 

 

2 State of the Art 

2.1 Automotive Lightweight Construction 

In automotive lightweight construction three main 

trends are obvious: lightweight design is realized by 

using high-strength metal alloys, by substituting for 

example metals for composites, or by combining 

different materials. 

Using high-strength metal alloys offers the 

opportunity to reduce the wall thickness of 

structures. However, once a critical minimum 

thickness is reached, designers can expect stability 

problems. Thus, the potential of high-strength 

materials for light weight construction is limited. 

Second, substituting conventional construction 

materials with carbon fiber reinforced plastics 

(CFRP) allows considerable weight savings [1] [2] 

of about 50 % compared to current solutions. At the 

moment FRP-structures are predominantly used for 
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high-priced vehicles. Main challenges for the 

automotive industry are to reduce high costs of 

processing these materials, manufacturing FRP-

structures and to integrate FRP into existing 

processes. 

Hence, structural components realized in multi-

material design are an interesting alternative. They 

consist of a combination of, for example, steel and 

FRP [3] [4]. Two approaches can be distinguished. 

The high stiffness of the so called “Erlanger Beam” 

is achieved by reinforcing a thin-walled steel 

structure with short fiber reinforced plastic ribs by 

means of form closure. Depending on the vehicle, 

this method can save between 0.3 kg and 0.5 kg only 

in the roof frame [5]. The second approach 

constitutes a combination of ultra-high-strength 

steels and continuous fiber reinforced plastics. In 

order to increase the overall strength of the 

components, steel and FRP are bonded tightly across 

a large area. This design should allow manufacturers 

to produce safety-relevant vehicle components, such 

as B-pillars, at lower costs compared to a mere 

CFRP design. Using such material for a B-pillar, 

6 kg per vehicle or up to 35 % of the weight could 

be saved [6] [7]. Due to the tight bonding between 

both single materials, these are also called hybrid 

materials. 

2.2 Challenges of Multi-Material-Structures 

One main disadvantage of today’s multi-material 

systems is among other things the manufacturing. 

This is predominantly manual or only partially 

automated. The three most commonly used joining 

methods are welding [8], riveting [9] and bonding 

[10]. All of them necessitate an additional time and 

cost consuming process step. These disadvantages 

shall be overcome with the production of hybrid 

materials by the prepreg press technology and the 

use of the matrix resin as an adhesive. Thus, multi-

material components of highest strength can be 

produced in large volumes.  

 

3 Sheet Metal-FRP-Hybrid Structures 

Current research work at the Chair for Automotive 

Lightweight Construction (LiA) at the University of 

Paderborn concentrates on the investigation of 

hybrid materials, their processing and their 

mechanical properties.  

Hybrid materials consist of a sheet metal basic layer, 

a locally applied FRP reinforcement layer and an 

optional sheet metal covering layer. The layered 

structure offers the possibility to tailor components 

to their expected loading (Fig. 1). Such tailored 

structures do not only bear a high potential for 

lightweight design but also show an optimized use 

of the expensive FRP materials, which finally leads 

to cost-optimized lightweight constructions. The 

sandwich structure of hybrid materials increases the 

stiffness especially of area measured components. 

Due to the FRP reinforcements, the wall thickness of 

the steel parts can be reduced. Hybrid components 

can easily be integrated into existing processes of 

vehicle production, because their metallic surface 

enables the use of conventional joining technologies 

like spot welding or clinching. The integration into 

existing body constructions is also possible. 

 
Fig. 1 Load adapted hybrid structure 

 

4 Prepreg Press Technology 

The prepreg press technology is one approach to 

produce hybrid structural automotive parts in large 

volumes. The process can be divided into four main 

parts (Fig. 2). First, prepregs (pre-impregnated, 

semi-finished fiber products) are produced 

continuously on special machines and shipped on 

coils. The layer structure is realized according to the 

expected loads in the component, for example a B-

pillar. The laminate is cut corresponding to the 

expected structure geometry. Second, a robot 

handles the prepregs. After inserting an already 

formed steel structure into a heated steel tool, the 

prepreg is applied to the steel structure by automated 

handling. Then the tailored prepreg is pressed onto 

the sheet metal by a heated punch. As the epoxy 
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resin functions as an adhesive the joining of sheet 

metal and CFRP is realized in this third step, too. 

After a pre-curing of about 90 to 120 seconds at a 

temperature of 180 °C, depending on the thickness 

of the prepreg, the hybrid component is removed by 

a robot and stacked. The post-curing of the 

components is realized during a downstream 

cataphoretic painting process. 

 
Fig. 2 Process run of prepreg press technology 

 

5 Process Parameters 

The process parameters have a great influence on the 

mechanical properties and the quality of the 

manufactured structures. Aside, the process 

parameters also influence the cycle times and thus 

the cost of the process. Several investigations on this 

topic have been accomplished. 

5.1 Materials and experimental setups 

The samples for the investigations consisted of sheet 

metal and CFRP. For the metal component a S235JR 

with a thickness of t = 2 mm was used. The prepregs 

were standard semi-finished products from SGL. 

The epoxy resin from SGL (Type E201) embeds 

carbon fibers in a symmetric 9 layer scrim 

(90/02/90/0)S. The prepregs were manufactured by 

prepreg press technology as described in chapter 4. 

For the bonding with epoxy resin as an adhesive, the 

prepreg was directly pressed on the metallic surface. 

The manufacturing process was divided into several 

steps. First, prepregs, sheet metal and release film 

were cut and layered. Second, the press process was 

realized. For this step different defined parameters 

were used. The test plates were post-cured in a 

furnace for 30 minutes at a temperature of 180 °C, 

which simulates the cataphoretic painting process. 

Next, three point bending samples were cut from the 

test plates and tested with a three point bending 

setup. 

5.2 Results 

During the experimental investigations, different 

combinations of temperature, pressure and time for 

the consolidation process were used. The aim was to 

identify a suitable process window to minimize the 

cycle times of the prepreg press process. 

In Figure 3 the results of three point bending tests 

for different process parameters are illustrated. As a 

consolidation pressure 0.3 MPa was used. It can be 

seen that the values for the maximum bending stress 

achieve a plateau of about 750 MPa for pre-curing 

times above 60 seconds and temperatures above 

160 °C. The values decrease at temperatures higher 

than about 190 °C. 
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Fig. 3 Results of three point bending tests for 

different process parameters 

Figure 4 shows different micro sections and fiber 

volume contents of samples manufactured with 
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varying process parameters. Especially the pressure 

has a decisive influence on the fiber volume content. 

For a pressure between 0.2 and 0.4 MPa the 

provided fiber volume content of about 60 % is 

achieved. The pre-curing time and the temperature 

have nearly no influence on this characteristic. 

Nevertheless the quality of the laminate finds an 

optimum at 180 °C and 90 seconds. 

In figure 5 benchmarks regarding pores, 

imperfections, waviness and layer thickness for 

different process parameters are listed. 

 
Fig. 4 Micro sections and fiber volume content of different samples 
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Fig. 5 Benchmark regarding pores, imperfections, waviness and layer thickness at different process parameters 
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Summarizing, optimal process parameters for the 

prepreg press process were found: the temperature 

for low cycle times should be about 180 °C, the 

pressure should be between 0.3 and 0.4 MPa and the 

time should be above 90 seconds. These values 

depend on influence factors such as the layer 

thickness, the materials or the textile semi-finished 

component. 

 

6 Tool Concepts 

In order to reduce the costs for producing hybrid 

components using prepreg press technology and to 

increase the component quality, it is necessary to 

have a near-to-final contour production for fiber 

composite structures to get by without elaborate and 

expensive post processing. To achieve this goal, four 

different tool concepts were developed and 

investigated to their suitability as prepreg press 

tools: a dip edge tool, a squish edge tool, a tool with 

a silicone sealant and a tool with a sealing frame 

(Fig. 6). In order to minimize the costs of tool 

production, the tests were first carried out on sheet 

molds. 

When the two mold halves of the dip edge tool are 

being closed, the punch dips into the die, such that 

the tool is sealed in the opening direction before the 

actual press process takes place. The dip edge of the 

tool, which provides effective resistance to the flow 

front, is responsible for sealing. In the squish edge 

tool, this function is performed by a squish edge, 

which is obtained by engraving areas in the die and 

the punch. Epoxy resin that passes through this gap 

is squeezed by the squish edge, which leads to the 

sealing of the mould cavity. The resulting burr 

causes a higher rework. Using a silicone sealant in 

the third tool concept inhibits the lateral squeezing 

of the reinforcing fibres and the matrix resin. The 

sealing frame concept relies on sealing the mould 

parting line with the aid of a frame. The sealing 

frame is guided by the punch and centred by 

merging 40° chamfers. The die is designed as a 

plateau in order to facilitate the placement and the 

removal of the prepregs from the mould. 

 
Fig. 6 Tool concepts investigated for producing 

near-to-final contour hybrid structures 

In order to verify the functionality of the four tool 

concepts, various experimental studies were 

performed. For the production of the test plates, a 

consolidation temperature of 180 °C and a 

consolidation time of 5 minutes were used. The 

consolidation pressure was set at 0.1, 0.3, 0.5 and 

1.0 N/mm². As a reference tool for investigated the 

tool concepts, a sheet mold was used. The 

investigations have shown that all the developed tool 

concepts are able to reproduce the reference contour 
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precisely (Fig. 6). The gap between the punch and 

the die in combination with an increasing pressure 

results in a burr with the tool concepts. The burr was 

easy to remove. At this point, the results can be 

improved through tighter tolerances or the use of a 

release film. Moreover, it was shown that the pore 

content in the CFRP decreases significantly with 

increasing pressure (Fig. 7). The layer structure was 

not affected by this and a constant layer thickness 

was achieved as well as a constant fiber distribution. 

It can be concluded from the microscopic 

examinations that the consolidation pressure for an 

almost pore-free laminate should be about 0.3 to 

0.6 MPa. 

 
Fig. 7 Results for the dip egde tool concept 

The sealing frame concept has a high potential to 

transfer the results to a real geometry, like a locally 

reinforced B-pillar. In addition, this concept is 

suitable for a high-volume manufacturing and a high 

degree of automation. The sealing frame can also act 

as a blank holder in more complex geometries so as 

to achieve a defined material prepreg feed during the 

forming process. In order to compensate the 

tolerances, a silicone sealant can be applied to the 

frame. 

 

7 Influence of the geometry 

One further aspect of the investigations is related to 

the influence of different geometries on the quality 

of prepreg forming. For this, several test geometries 

have been investigated, such as hemisphere-, cup-, 

U-, hat- or B-pillar-geometries (Fig. 8). 

 
Fig. 8 Different test geometries for investigations on 

prepreg press technology 

The prepreg press process allows a manufacturing of 

these structures. The unidirectional layer structure 

comes up against limits with increasing complexity, 

which results in a required subsequent trim of the 

components. Nevertheless the areas of activity could 

be realized without significant quality losses. 

Wrinkling could be detected in the boundary areas. 

 

8 Conclusions 

Hybrid structures consisting of sheet metal and fibre 

reinforced plastics offer a huge potential for 

lightweight design in the automotive industry. The 

prepreg press technology allows a significant 

reduction of the process steps as well as the process 
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time. By using prepreg press technology CFRP 

prepregs are formed into steel structures. 

In this paper investigations on the process 

parameters and their influence on the laminate 

quality as well as on the fibre volume content were 

illustrated. Optimal process parameters have been 

found for the used boundary conditions. It has been 

shown that cycle times well below five minutes are 

achievable. Furthermore tool concepts for a near-to-

final contour manufacturing of hybrid structures 

have been illustrated. In the end the influence of 

different geometries has been discussed. The prepreg 

press technology can be used to realize different 

component geometries. 
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1 Introduction  
In recent years, energy reduction is important. In this 

regards, the establishment of lightweight technology 

and high-efficiency recycling technology for vehicles 

have been researched to cope with the global 

environmental problem. To improve fuel efficiency, 

CFRP (carbon fiber reinforced plastics) have been 

widely used as high performance structural material for 

aerospace and leisure applications because of its high 

specific strength and high specific stiffness. However, 

the wide range of success in the market has not yet 

been achieved due to the high cost and the low 

productivity[1]. Recently, CFRTP (carbon fiber 

reinforced thermoplastics) is expected as lightweight 

material for automobiles because of its promising high-

mechanical properties, high-cycle and low-cost 

manufacturing, and high-recyclability. In the current 

manufacturing process of automobile, joining has been 

one of the key technologies because it is easier to 

fabricate the vehicle body for improving productivity. 

Joining can be classified into three types: bonding, 

welding and mechanical fastening. Although many 

assembly problems can be solved by bonding or 

welding joints, there are still many cases where only 

mechanical fastening is capable of meeting certain 

design requirements[1].  

We especially focused on mechanical fastening using 

CF/PP, which is carbon fiber reinforced polypropylene. 

Polypropylene (PP) is developed by Japanese METI-

NEDO project “Development of Sustainable Hyper 

Composite Materials Technology”. PP shows lower 

cost and higher cycle performance than the other 

thermoplastics. However, it has the characteristics of 

relatively low adhesiveness and elasticity. It is 

chemically modified to improve adhesiveness between 

CF and PP. 

In this paper, in order to investigate fracture process of 

mechanical fastening, we conducted tensile tests on 

mechanically fastened joints of CFRTP. The tests were 

conducted with reference to JIS K7080-2[2] which 

standardized the testing methods for bearing strength 

of CFRP. 

Unlike CFRTS (carbon fiber reinforced thermosetting 

resin), the fracture process of CFRTP has yet to be 

revealed. Actually, the JIS standard is for FRTS and 

there are no standard for tensile strength test of CFRTP. 

In this research, we focused on the fracture process of 

CFRTP, especially the initial fracture which is 

important in mechanical designs.  

 

2 Experimental procedure 

2.1 Materials 

Three types of CFRTP were used in this research; 

QISO-TP, CTT and CMT as shown in Fig. 1  QISO-TP 

and CTT use continuous CF/PP prepreg tapes. QISO-

TP was formed by laminated molding of uni-

directional (UD) prepreg tapes with carbon fiber 

volume fraction (Vf) of 50%. The laminates were 

fabricated through a process of stacking prepreg cut 

tapes to form a quasi-isotropic plate[3], heating them 

up by hot plate, adding pressure on the molds 

concurrently and cooling down them in the end. 

Chopped carbon fiber Tape reinforced Thermoplastics 

(CTT) plate was made from the same prepreg tapes 

(35mm length) as QISO-TP by the expert Toyobo, 

because of the advanced technique needed in the 

molding process. Carbon fiber Mat reinforced 

Thermoplastics (CMT) use discontinuous CF 

reinforced isotropic plates of which carbon fiber 

volume fraction is 20%. CMT plates are made by 

expert Toray. CMT was also reheated and pressurized 

to obtain a plate of certain thickness. To equalize the 

condition, the pressures added on the molds are all 

5.0MPa.  

In order to make a comparison with CFRTP, we also 

tested CFRTS, which was composed of epoxy resin.  

QISO-TS plate was obtained by laminating UD 

prepreg sheets in the same sequence as QISO-TP, and 

pressuring and heating them concurrently. The sheet is 

made by the expert Mitsubishi rayon. Carbon fiber 

volume fraction of CFRTS is 50%. 

Table 1 shows the materials used in this research. As 

referred to above, the base materials of QISO-TP and 

CTT, carbon fiber prepreg tape, are the same.  

FRACTURE MECHANISM OF MECHANICALLY FASTENED 

CFRTP 
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Fig. 2 shows the molding conditions of these materials. 

The upper graph is the molding process of CFRTP and 

the lower one is that of CFRTS. Though CFRTP needs 

higher molding pressure and temperature than CFRTS, 

CFRTS requires longer molding time than CFRTP. 

 
2.2 Test Method 

In this research, all specimens were the same size; the 

width was 36(mm), the edge distance was 18(mm), and 

the diameter of the hole was 6(mm). Fig. 3 shows the 

specimen size. 

We conducted tensile strength tests based on JIS 

K7080-2 “Carbon fiber reinforced plastics-Testing 

methods for bearing strength-Part2: Orthotropic and 

Quasi-isotropic long fiber laminates”. The crosshead 

speed is 1.0 mm/min. We measured the load and the 

displacement of the hole. Specimens were attached to 

the jig as shown in Fig.3. The clamping torque was 3.0 

(Nm). The displacement was measured by a clip-gage, 

which was attached to the jig. In addition, we used an 

acoustic emission (AE) sensor to monitor the damage 

occurrences in CFRP[4]. Fig. 4 shows a schema of the 

experiment. The measurements were conducted 5 times 

for each material.  

After the tensile tests, we not only observed specimens 

but also made more precise observation of the state of 

carbon fiber with a computed tomography scan (CT 

scan).  

In accordance with the JIS standard, bearing stress vs. 

bearing strain curves were derived. The bearing stress

σ(MPa) and the stress at the ultimate failure stress σm 

are expressed as 

 

σ=P/dt
 

(1) 

σm=Pm/dt (2) 

 

where P(N) is the load, Pm(N) is the failure load, 

d(mm) is the diameter of the hole, t(mm) is the 

thickness of the specimen.  

The bearing strain ε is given by 

 

ε=δ/d
 (3) 

 

where δ(mm)  is the displacement of the clip-gage. 

From these curves, bearing elasticity and offset bearing 

failure stress are obtained.  

Fig. 5 shows Load-Displacement carve of QISO-TS. 

From this carve, we could get Stress-Strain carves as 

shown in Fig. 6. 

The bearing elasticity modulus E is defined as 

 

E=(σH-σL )/ (εH-εL )
 (4) 

 

where σH and σL  are the stresses of 40% and 15% 

of σm, respectively. εH and εL  are the strains at  

each point ofσH and σL  . 

In this test, the initial failure is regarded as the offset 

bearing failure stress σint . The stress was obtained 

by evaluating the stress at the intersecting point of 

the stress-strain curve and the line, which is 

expressed as follow 

 

E(ε-εH-2)-(σ-σH)=0 (5) 

 

Fig. 7 shows these parameters for typical CTT 

mechanical fastening joint. 

In fracture process, different types of failure modes 

can be seen. Two major failure modes are bearing 

and net tension failure. Which failure modes 

specimens show depends on the compressive 

strength. The Bearing stress σb is expressed as 

follow 

 

σb=P/dt (6) 

 

And the net tension stress σn is given by  

 

σn=P/(w-d)t (7) 

 

where w(mm) is the width. If the net tension stress 

of the specimen is lower than the bearing stress, the 

failure mode is net tension. Fig. 8 shows the two 

types of failure modes. 

 

3. Experimental result 

3.1 Failure modes 

First of all, we mention about the failure mode and 

the fracture stress. 

Fig. 9-Fig. 12 show each failure mode of QISO-TS, 

QISO-TP, CTT, CMT. The QISO-TS, QISO-TP and 

CTT specimens showed bearing failure mode. On 

the other hand, the CMT specimens showed net 

tension failure. Because the failure mode was much 

affected by the clamping torque[6], we conducted 

the other CTT test in the case where the clamping 

force was 0.1[Nm]. The failure mode shows in the 

right side of Fig. 12. The specimens of low clamping 

torque showed bearing failure mode as other CFRTP 

specimens.  
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Fig. 13- Fig. 15 show each stress-strain carves of the 

CFRTP. These carves got from the load-

displacement carves as CFRTS. From these stress-

strain carves, we could evaluate each offset bearing 

stress and ultimate failure stress. The failure stress of 

QISO-TS was larger than that of QISO-TP. From the 

shape of stress-strain carve of  

QISO-TS, it was also clear that once QISO-TS 

reached the maximum load, the fracture process 

proceeded quickly. The σoffset / σultimate of QISO-TS 

which equaled to the offset bearing stress divided by 

the ultimate bearing stress was 0.86. On the other 

hand, that of QISO-TP was 0.78 and that of CTT 

was 0.76. It means that CFRTP materials showed 

more ductile fracture process than CFRTS. 

Next, we mention about the difference between 

QISO-TP and CTT. Fig. 18 shows the comparison of 

offset failure stress and ultimate failure stress in 

QISO-TP and CTT tests. Both the offset and 

ultimate failure stresses of CTT were equal to 

those of QISO-TP.  This is because both 

materials used the same carbon fiber prepreg 

tapes. However, each shape of stress-strain 

graph was different as shown in Fig. 13 and Fig. 

14. The stress drop which was happened when 

the crack advance occurs in specimens of QISO-

TP was bigger than that of CTT. To make clear 

this difference, we focused on the acoustic 

emissions, which is discussed below. 
Regarding CMT, at high clamping torque, the failure 

mode was net tension failure though the other type 

of CFRTP showed bearing failure mode (the left of 

Fig. 12). This meant that the bearing strength of 

CMT was higher than the other materials. Because 

the clamping torque affected the bearing stress, to 

calculate the bearing stress, we conducted one more 

test at the torque of 0.1[Nm] which was 

approximately as tight as the clamping torque 

tighten by hand.  

By lessening the clamping torque, the specimens 

showed bearing failure mode (the right of Fig. 12). 

Fig. 17 shows the comparison of the bearing stress. 

The effect on the clamping torque is shown in Fig. 

17. There were not many gaps in the ultimate failure 

stresses, but when the torque is 0.1 (Nm) the offset 

failure stress. It is clear that high clamping torque 

strengthens up the bearing stress of the specimen 

especially in CMT specimens. 

As shown in Table 2, compared to the bearing stress 

of QISO-TP or CTT, the bearing stress of CMT was 

much lower than that of the other materials. But we 

should consider that the carbon fiber volume fraction 

is 20 (%).  It was relatively enough strength for the 

low Vf materials compared the other materials of 

which Vf was 50(%). 

 

3.2 Acoustic emission 

To compare the difference among the CFRTP 

materials, we focused on acoustic emission. Fig. 18-

Fig. 21 show each load response and AE amplitude 

vs. displacement in QISO-TS specimens. As shown 

in Fig. 18, before the first declination of the curve at 

about 15,000 (N), the number of event increased at 

about 10,000 (N). This means that some failure 

occurred before the failure with the load decrease. 

After the beginning of the fracture, we observed 

many high amplitude signals. The same is equally 

true of CFRTP materials. 

Regarding QISO-TP (Fig. 19), until 

displacement reached 1.2 (mm), there were no 

detectable AE events. But when the 

displacement increased further, AE events 

began. At this point, the specimen display some 

cracks. This crack was so small that we couldn’t 

inspect it by naked eye[4]. Subsequently a 

drastic rise of the number of the events was 

observed and after that, the stress-strain curve 

declined with some clear cracks which were 

seen around the hole. Fig. 22 is the picture which 

was gotten by CT scan. Once initial failure 

occurred, the high amplitude AE events (70-

100dB) continuously happened with the 

declination of the load. 

As to CTT (Fig. 20), after the initial failure 

happened, most AE amplitudes of CTT were 

lower than 80dB though those of QISO-TP were 

lower than 70dB. CTT specimens showed 

fracture with larger AE amplitude than QISO-

TP specimens. We can say that these frequent 

events with high amplitude make the stress-

strain carves of CTT smoother. 
Fig. 21 shows the plot of AE amplitude of CMT. 

CMT fracture process was accompanied with 

frequent AE events which had the amplitude as high 

as CTT.  

As CTT specimens, the bearing stress-bearing strain 

curve is smooth. We can presume that it was caused 

by the character of the discontinuous of CMT or 

CTT. 
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4. Conclusions 

It became clear that bearing failure stress was much 

smaller than the ultimate failure stress. 

The percentage of the offset failure stress to ultimate 

failure stress of CFRTP is lower than that of CFRTS. 

It is because CFRTP is more ductile than CFRTS. 

Therefore, CFRTP shows a gradual process of 

bearing failure. 

Although the failure stress in QISO-TP and CTT 

specimens were approximately equal for their 

materials, the scale of fracture differs in degree. In 

QISO-TP or CTT specimens, the ultimate failure 

stress is 1.3 times as large as the offset failure stress, 

We can say that we should consider not only the 

ultimate failure stress but also the initial failure 

stress in mechanical design. 

In CMT specimens, the failure stress and the failure 

mode is highly subject to the influence of the 

clamping force. Especially the bearing strength is 

strengthened by enlarging the bolt axial tension. 
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Fig. 1. Fiber reinforced form[6] 

 

Table 1 Materials Used 

Specimen

Name
Base Material Vf(%)

CFRTS QISO-TS TS prepreg sheet 50

QISO-TP Carbon fiber prepreg tape 50

CTT
Carbon fiber Tape reinforced

Thermoplastics prepreg sheet
50

CMT
Carbon fiber Mat reinforced

Thermoplastics prepreg sheet
20

CFRTP
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Fig. 2 Molding cindition (Upper: CFRTP, Lower: 

CFRTS) 

 

 

Fig. 3. Specimen size 
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Fig. 4. Tensile strength test. 

 

0

2000

4000

6000

8000

10000

12000

14000

16000

18000

20000

0 1 2 3 4 5

Lo
ad

(N
)

Displacement of the crosshead(mm)

QISO-TS

1

2

3

4

5

 

Fig. 5. Load-Displacement curve (QISO-TS) 
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Fig. 6. Stress-Strain curve (QISO-TS) 
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Fig. 7. Typical Bearing stress-Bearing strain curve 

in bearing tests of CTT specimens[5] 

 

Bearing failure Net tension
 

Fig. 8. Two major types of failure modes[1] 

 

  

 

Fig. 9. Failure mode (QISO-TS) 
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Fig. 10. Failure mode (QISO-TP) 

 

  

 

Fig. 11. Failure mode (CTT) 

 

 
 

 

Fig. 12. Failure mode of CMT (left: the torque of 

3.0(Nm), right: 0.1(Nm)) 
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Fig. 13 Stress-Strain curve of QISO-TP 
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Fig. 14. Stress-Strain curve of CTT 
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Fig. 15. Stress-Strain curve of CMT (clamping 

torque is 3.0(Nm)) 
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Table 2 Offset and ultimate failure stress of each 

material 

 

QISO-

TS 

QISO-

TP 
CTT CMT 

Vf (%) 50 50 50 20 

Offset 

failure stress

σint  (MPa) 

885.1 604.11 630.50 377.82 

Ultimate 

failure stress

σult (MPa) 

1025.0 820.63 827.20 399.43 

σint  /σult 0.86 0.78 0.76 - 
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Fig. 16. Comparison of offset failure stress and 

ultimate failure stress in QISO-TP and CTT tests 

 

0

50

100

150

200

250

300

350

400

450

5.0 Nm 0.1 Nm

B
e

ar
in

g 
St

re
ss

(M
P

a)
Offset failure stress Ultimate failure stress

 

Fig. 17. Comparison of offset failure stress and 

ultimate failure stress for clamping forces at 5.0 Nm 

and 0.1 Nm 
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Fig. 18. Load response and AE amplitude vs. 

displacement of QISO-TS 
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Fig. 19. Load response and AE amplitude vs. 

displacement of QISO-TP 
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Fig. 20. Load response and AE amplitude vs. 

displacement of CTT 
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Fig. 21. Load response and AE amplitude vs. 

displacement of CMT (the low clamping force) 

 

 

Fig. 22 The picture gotten by CT scan. Some 

damage was above the hall. 
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1 Introduction  

 

1.1 General Introduction 

 

Fiber reinforced polymeric composites (FRPCs) are 

becoming increasingly important in many different 

industries due mainly to their stiffness to weight 

ratio and easiness of processability [1, 2]. The need 

to save energy and to lower the carbon emission is 

fuelling the increase of composites in aerospace, and 

in the automotive sectors. The necessity to diversify 

away from traditional sources of energy is 

augmenting demand for wind energy, another sector 

important for composites. Composites are also 

sought after in sectors dealing with corrosion and 

construction, as they are strong, resistant to damage 

and easy to install.  

Glass fiber composites are the most popular due to 

their cheap price and ease of manufacturing, Carbon 

fiber composites are expensive, but favored in 

demanding applications such as the aerospace and 

automotive industries. Strong growth prospects are 

forecasted as increased energy prices push 

manufacturers to save costs through using 

innovative materials. Aramid fiber composites are in 

demand in security and high-vibration applications, 

and it is predicted that new uses for aramid fiber will 

be developed over the forecast period. Other fiber 

composites and hybrids are forecasted to grow 

strongly, as sophisticated and purpose-built 

composites will become necessary for new 

applications. If Extensive research and development 

have permitted to reach excellent in-plane properties  

 

of FRPCs dominated by microscopic fiber 

reinforcement, their out-of-plane performance 

governed by the polymer matrix is very poor and 

their vulnerability to delamination is of great 

concern [3]. Differences arise because the polymer 

matrix presents much lower mechanical properties 

than the fibers ones, reinforcing the polymer matrix 

is thus a straightforward solution. 

Addition of Carbon based nanofillers, such as 

carbon nanotubes (CNTs) and graphene 

nanoplatelets (GNPs) or a combination of the two 

can improve the mechanical, electrical and thermal 

properties of polymer matrix [4-28]. However an 

efficient transferability of these nanoreinforcements 

in a macroscale level of FRPCs relies on the capacity 

to well disperse and distribute them in the host 

matrix, and also to ensure a good distribution in the 

fabric. 

Nanoreinforcements in their manufactured state tend 

to cluster together in any suspension due to the 

strong van der wall forces at that scale. Shear 

mixings such as three-roll milling, dissolver disk, 

planetary mixer and ultrasonic processing or a 

combination of the two can be used to disperse them 

in polymer resin to various degree of success [29-

36]. Ultrasonication often causes damage on 

nanofillers resulting in the reduction of their aspect 

ratio and alters the final nanoreinforced polymer. 

Three-roll milling has recently provided good results 

for nanoreinforcement dispersion [37]. It   exerts 

shear forces over the particles and avoids the 

presence of compression forces during the process, 

in this way, the agglomerated nanofillers can be 
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2  

IN SITU MONITORING OF NANOPARTICLE FILTRATION IN CARBON 

NANOMATERIAL/GLASS FIBER/ POLYESTER MULTISCALE COMPOSITES DURING VARTM  
 

separated without being damaged provided that the 

processing parameters such as gap between rolls, 

rolling speed and numbers of passes are well 

optimized for the specific type of nanofillers.  

When the naofiller reinforced polymer composite 

are used to impregnate the fabric in the attempt to 

replace air/fiber interfaces by resin/fiber interfaces, 

the final product is called a multiscale composite. 

This multiscale system shows great promise of 

incorporating all the subscale advantages into 

macroscopic properties and will shape the future 

research in composite area for high-perfomance 

multifunctional composites. A typical manufacturing 

process of these materials is  Liquid Composite 

Moulding (LCM) techniques, the nanofiller 

reinforced polymer composites is forced to pass 

through a dry preform placed in a mold. Resin 

transfer molding and Vacuum assisted resin transfer 

molding (VARTM) are often used. VARTM is being 

widely used because it is cost-effective as compared 

to prepregs technologyies which need an autoclave 

for the curing process.  

 

1.2 General Background  

 

Usually, the fiber preform contains gaps of the order 

of microns down to 50 nm, one would expect high 

shear rates to be developed due to the small gaps 

that may affect the dispersion of the nanoreinforced 

composites. The flow channels inside the fibrous 

media can be classified into two categories: An 

intertow region and an intratow region. The channel 

width of the intertow region may be up to several 

hundreds of microns, while that of the intratow 

region is several microns. The average diameter of a 

single strand of glass fiber is 17µm, while that of the 

carbon fiber is 7µm. When the nanofiller 

agglomerates are larger than the gaps, woven fabrics 

always introduce a filtering effect, nanofillers may 

block these porous gaps leading to a very slow and 

even insufficient nanocomposites impregnation, this 

phenomenon is still inevitable mainly around the 

inlet while the rest of the composite part is lacking 

nanofillers even for well dispersed suspensions. In 

the conventional VARTM process, filtration effect 

always leads to an inhomogeoneous [38] 

microstructure of multiscale composites. So, the 

final multiscale composite is affected by the initial 

nanofiller suspension this is the dispersion state and 

the viscosity and also the porous media structure. In 

order to satisfy multifunctional requirements and 

through-thickness reinforcements without 

compromising in-plane properties, the processing 

technique will ineluctably needs to be improved to 

obtain fully integrated and well dispersed nanofiller.  

In general, filler size and fibrous pore size dictate 

the flow of a particle in a fibrous medium, 

experimentally, as the resin is forced to traverse the 

porous medium, three cases can be observed: - If the 

particle size is larger than a critical size that depends 

on the porous medium characteristics, the particles 

will accumulate onto the medium and form a cake 

leading to a cake filtration. – If Particles are very 

small compared to the pore size, the suspension 

flows easily in the openness of the medium; there is 

no or very little retention. – If the suspension flows 

within the medium, but it progressively captures 

particles (retention) we will have a deep filtration. In 

some cases, the amount of retained particles is such 

that the network is clogged-up. Retention is the case 

that is most likely to happen in industrial 

applications. Because of retention and filtration, 

filler content and, thus, the subsequent property (e.g., 

fire resistance) are not homogeneous throughout the 

composite part, which may become defective. In the 

most severe conditions when the use of high fiber 

content fabrics or high filler content is necessary, 

mold filling becomes difficult or hindered.  

It is important to effectively investigate the final 

composite prior to service life. Recognizing the 

difficulty to experimentally evaluate the filtration 

phenomenon, many filtration models [39-50] were 

developed to simulate and predict the particle flow 

behavior, but these models suffer from precision and 

are often too much subjective. The few experimental 

works available rely on tools [21, 51, 52] such as 

visual flow front distance assessment, composites 

cross-section observations which require that the 

composites be destroyed. To meet the demand of 

high perfomance multiscale composites, it is 

important to develop non-destructive experimental 

method to evaluate the impregnation state in a large 

scale dimension composite both on the surface and 

through thickness simultaneously. This will allow to 

accurately assessing how the manufacturing 

parameters and processing methods can impart the 

final multiscale composite and ultimately to meet the 

needs with high precision.  

For CNTs in particular, it has been exceedingly 
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difficult to observe filtration phenomena 

experimentally, because CNTs are made up of 

carbon atoms, as are the constituents of most 

polymer resins. Therefore, when CNTs are added as 

filler particles in the polymer matrix, elemental 

analysis cannot distinguish between the two 

components, so S.S. Yum et al [52] recently  added 

silver to  CNT and preformed quantitative and 

qualitative analysis to assess particle distribution 

using electron probe microanalyzer, but this could 

be possible only for micro-medium in composites. 

Some researchers have also investigated CNT 

filtration phenomena in fibrous media using SEM 

and TEM [21, 51], but these methods only provide 

qualitative information and do not evaluate the part 

as a whole. 

Herein, as a preliminary work CNTs ( both long and 

small length) and  GNPs (small and big lateral 

surface) and the combination of the two were 

dispersed by a well-defined method using three roll 

mill in an unsaturated polyester resin (UPE), the 

mixture were used for infusion by means of 

conventional and modified VARTM in different 

porous media.  

More importantly and for the first time, in-situ 

resistance monitoring as a non-destructive method 

were used to evaluate from infusion to the post-

curing process the flow of nanofiller suspension in 

the  porous media.   The effects of filler structure 

and aspect ratio, porous medium, nanofiller 

suspension dispersion state and manufacturing 

parameters were investigated. Fabrics such as glass 

fiber high and low permeability, hybrid woven of 

carbon and glass fiber were used. As expected, the 

fillers structure, degree of dispersion, viscosity, 

fabric permeability, manufacturing parameters 

dictated the final composites quality. We obtained 

composites with quasi-homogeneous property which 

were mechanically and electrically tested and their 

capacities to structurally self-sense were elucidated.  

Viscosity as function of temperature was measured 

and parameters were used to improve the 

processability of the nanofiller reinforced matrix 

since the viscosity primarily increases with the 

dispersion state.  

 

 

2 Experimental  

 

2.1 Materials 

MWCNTs with purity of > 95% and average 

diameter range of 25-30 nm were purchased from 

Hanwha Nanotech (Incheon, Korea). The lengths of 

MWNTs (100 m and 250 m) are indicated in their 

product names, CM-100 and CM-250. Exfoliated 

graphite nanoplatelets with an average size of 5 μm 

(xGnP M-5) and 15 μm (xGnP M-15) were 

purchased from XG Sciences (East Lansing, MI). 

Plain-woven 3K glass fiber (Mitsubishi) with ply 

thickness of ~0.2 mm was supplied by JMC 

(Gyeongju, Korea). DBLT 850-E glass fiber (Cymax) 

with ply thickness of ~0.6 mm was supplied by Jet 

Korea (Changwon, Korea). Unsaturated polyester 

resin, curing agent, and catalyst were supplied by 

Cray Valley Korea, Arkema, and Jet Korea, 

respectively. The epoxy resin consisted of three 

different components. Component A was based on a 

commercial formula containing bisphenol A 

YD115J that was provided by Huntsman. 

Component B was a commercial hardener based on 

dicyanamide and commercialized as D230, while 

component C was a commercial latent accelerator 

based on urones and called A399. 

The use of an accelerator allowed for the use of a 

curing cycle at lower temperatures than those 

usually required for dicyanamide.  

 

2.2  Nanocomposites fabrication 

  

Nanocomposites were manufactured by following a 

manufacturing process that consisted of four main 

steps: first a specific quantity of nanotubes was 

weighed out to achieve a target weight fractions in 

the final cured composites ( nanotube +epoxy + 

hardener+ accelerator) and was added to the epoxy 

resin (YD115J) by hand mixing. Secondly the 

homogenization and dispersion processes were 

performed by calendering, and the parameters used 

corresponded to the four different calendering 

methods (Table 1) being compared in this study. In 

the third step, the hardener and the accelerator were 

added to the epoxy resin and stirred manually. The 

resulting mixture was then degassed using a vacuum 

machine to aid in the release of the air that had been 

entrapped in the resin during the calendering process. 

The final step involved casting the mixture into an 

open mold and curing at 60 degrees Celsius for 20 

min followed by 80 degree Celsius for 2h. The final 

nanocomposite dimensions were 80 x10x1mm.  
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2.3 Multiscale composites fabrication and 

filtration assessment technology  

 

VARTM is a very attractive, cost effective and 

environmentally friendly method of processing 

composites and was used here. The dry fabrics were 

cut into plies and stacked 2-4 layers to form the dry 

preform. Four pairs electrodes were placed at the 

middle of total fabrics in a systematic manner as 

shown on fig. 1. to track the suspension flow in a 

real time experiment and sense its behavior with 

time, doing so the degree at which the fabrics are 

impregnated this is the degree of nanofiller 

containing in the suspension is directly related to the 

resistance level among electrodes measured in-situ 

during all the fabrication process. This set of paired 

electrodes can also serve as in situ cure and flow 

monitoring as well provided that the delay between 

measurements is sufficiently minimized (< 5 

seconds) . The middle of the entirely fabric was 

chosen to place electrodes because it was the 

optimal position which provides a good evaluation 

of the nanofiller distribution. Moreover in attempt to 

assess flow and cure monitoring, K. V. Uday et al 

[54] developed a direct current  and alternating 

current sensing/monitoring technique through smart 

weave, they found that in the case of thin composite 

panels, wherein the thickness associated gradients 

are minimal ( thickness < 0.125 inch) a single smart 

weave plane is sufficient. Therefore consolidating 

the idea that our single plane electrode here is valid 

because the thicknesses of our final composites are 

in the range indicated above. The fibrous preform 

with embedded electrodes are laid on a single-sided 

plate mold with the capability of the plate mold to be 

heated (in the case of epoxy), the suspension is then 

infused through the preform which causes 

simultaneous wetting in its in-plane and traverse 

directions. Spiral tubing is utilized for resin suction 

and infusion lines. Prior to resin injection, vacuum 

was applied to the mold for 30 min to debulk the 

preform. 

 

2.4 Characterization of the Materials  

 

For bulk conductivity measurement, CNT reinforced 

composite were polished to obtain rectangular 

specimens measuring 80 mm in length and 10 mm in 

width. Four strips consisting of conductive silver 

paste were applied to the ends of the specimens to 

serve as electrodes. The reason is that CNTs are 

easily wetted and wrapped by liquid polymers in 

manufacturing process due to the high surface 

energy of CNTs, resulting in a high contact 

resistance between the polymer-wrapped CNTs and 

a low electrical conductivity of the composites [54, 

55]. Electrical resistance (Rv) of the composites was 

measured by using a digital multimeter (Keithley 

2002)  for Rv less than 10
7
 Ω or using a high-

resistance digital meter meter for Rv over 10
7
 Ω 

(Keithley 6517B) alternatively, and the electrical 

conductivity (σ) of the composites was calculated 

according to the following formula: 

 

σ= t / ( R v × A )          (1) 

 

where t and A are thickness of the specimens and 

effective area of the measuring electrodes, 

respectively. 

The surfaces of the composite panels were observed 

under an optical microscope (MVX10) 

manufactured by Olympus (Tokyo, Japan), and the 

microstructure and structural integrity were analyzed. 

Viscosity measurements were done using a HAAKE 

MARS III modular rheometer platform from thermo 

Fisher scientific, Germany. The temperature was 

controlled electrically using a peltier element 

(temperature module TM-EL-C), and a cylinder 

sensor system according to DIN 53019/ISO 3219Z 

was employed. The sensor system has an extremely 

small front surface influence and is therefore 

intended for exact measurement. In order to ensure 

simultaneous resistance measurements of paired 

electrodes, Keithley 7001 switching system was 

used to operate changes from one pair to another.   

 

 

3 Results and discussions 

 

3.1 Proof-of-concept 

 

To verify our concept, a preliminary experiment was 

carried out using UPE resin with 0.2wt% of MWNT 

using method 0 dispersion (Table1). This method is 

expected to give a very moderate dispersion state 

with the assurance that nanotubes will preserve their 

structure and show minimal interaction with UPE 

chains. Results of the measurement is depicted on 

fig.2, it is seen that resistances among opposite 

electrodes placed along the flowing direction (1_8, 
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2_7, 3_6, and 4_5) decrease from the inlet to the 

outlet, hence we describe this phenomenon as deep 

filtration as aforementioned.  It is important to 

observe that resistance 3_6 was placed as an inset of 

fig 2 because it was so high and could not be 

overlapped with others but was indeed in our 

instrument measurement range. For all the resistance 

values a sudden decrease from infinite to a measured 

value is observed during resin infusion, and remains 

averagely constant. For this case we did not observe 

any significant change of resistance during curing, 

though it tended to increase due possibly to the 

effect of cross linking on the viscosity of the 

thermosetting polymer and the corresponding 

polymer effect on the mobility of migrating charges 

which dominates the electrical response upon curing 

onset. The less CM250 are the higher is the noise or 

variation on the resistance plot; this could be 

attributed to a delicate conductive network with 

particle movements. Fig 2 clearly shows that In-situ 

resistance monitoring can be used for large 

dimensions scale investigation and optimization of 

filtration effect and has the advantage to be non-

destructive.   

During the three-roll milling process of CM250 

reinforced UPE, we have experienced some 

difficulties. The major concern was the styrene 

evaporation from the polyester resin during the 

processes, which caused a dramatic increase of the 

viscosity. Styrene evaporation was accelerated due 

to heat occurred on the rolling mills due to higher 

shear effect. The polyester resin with high viscosity 

stacked on the rolls and it caused some difficulties 

for the collection of the resin, due to the 

uncontrolled styrene evaporation, and thus the final 

styrene compositions within the resin blends were 

unknown. This issue was also reported by [22]. To 

overcome the difficulties associated with styrene 

evaporation, we switched to a low viscosity epoxy 

resin of 344.30 cP (20°C) and 45.89 (50°C) as 

shown on fig.3. 

  

3.1 Nanocomposites dispersion and 

characterization prior to infusion.  

 
Nanocomposites characterization were carried out to 

investigate if there is a linear relationship between 

property transferability in nanocomposites and 

multiscale composites. For example we want to 

know if over-dispersion which is detrimental for 

nanocomposites by destroying the established 

network could have an adverse effect in multiscale 

composites. This may happen due to the decrease of 

the aspect ratio of nanoparticles, thus easing their 

passage through fabrics pores sizes. The 3-roll-

milling process via intensive shear forces seems to 

be more convenient technique than traditional ones 

such as sonication and direct mixing for the 

dispersion of carbon nanotubes within a liquid 

polymer resin. Instead of fixing a discrete relation 

between gap 1 (gap between feed and center roll) 

and gap 2 (gap between center and apron roll) as A. 

J. Suarez et al [24] did, we chose gap1 and gap2 that 

minimize the residence time on nanocomposite by 

performing several experiments thus optimizing the 

viscosity of the suspension and promoting good 

infusion. Method A-C (table1) gave increase 

viscosity with increasing gap sizes (fig3), it can be 

seen on fig3 that 0.1% loading does not compromise 

the infusion. 

Moreover optical photo on composites surface 

(Fig.4.) further evidenced the dispersion state 

method A-C. Larger agglomerates are still clear in 

method A, but not visible in method B-C. The 

surface roughness perceptible in optical photo of 

method B is rather absent but smooth on method C 

and could be an indication as well. Furthermore, 

Method D was revealed as the best conductive 

samples (Table 1), this can be attributed to optimal 

dispersion condition. In fact gap 1 was optimized to 

minimize the residence time and fixed, and gap 2 

was fixed to the minimum for the total passes, this 

could mean that the safety of nanoparticles structure 

is more related to the gap which collects the fed 

material than the apron Roll gap, it should not be 

neither small nor big but just sufficient to 

disentangle nanoparticles.  

A suspension was prepared using method C, and 

omega lines were used as resin feed and suction 

lines. We used four DBLT glass fibers instead of 

two as in the case of UPE presented above, though 

the filtration phenomenon was still observed but the 

resistance values substantially decrease (fig.5.); this 

was attributed to the improvement of dispersion state 

in the initial suspension. 

 

 

4 Conclusion 
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The proof-of-concept to use a plane of paired 

electrodes as a tool to evaluate the distribution of 

nanoparticles in a porous media was demonstrated. 

The capability of multidimensional functionality of 

these electrodes was explained. This concept 

warrants more studies at higher percentages and 

need to be used to optimize the manufacturing 

conditions in order to obtain homogeneous 

multiscale composites.   
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Fig.1. Electrode placement scheme at the interface 

of two DBLT glass fibers. 

 

 

Fig.2. Resistance changes during infusion and curing 

in a VARTM process of CM250/UPE.   
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Calendering Method  
Parameter combination : [gap1 (µm)-gap2 

(µm)-speed (rpm)-passes] 
Conductivity (S/cm) 

Method 0 [60-30-200-6]   

Method A [60-50-100-2]-[35-20-200-1] 4.57E-06 

Method B [60-50-100-2]-[35-20-200-1]-[20-10-250-3] 2.01E-04 

Method C [60-5-250-2]-[35-5-250-1]-[20-5-250-3] 2.54E-04 

Method D [20-5-250-6] 4.92E-04 

Table.1.Calendering dispersion processes employed. The conductivity of neat epoxy is 3.01E-11 S/cm.  
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.3. Viscosity of CNT/epoxy mixtures at 0.1wt% 
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Fig.4. Optical photos surfaces of as-fabricated nanocomposites  
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Fig.5. Resistance changes during infusion and curing in a VARTM process of CM250/epoxy at 0.1% loading. 
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Ordering nanostructure and properties of Al2O3 /ZrO2 eutectic 

ceramic composites prepared by combustion synthesis under 

low pressure 
Pan Yang, Yongting Zheng*, Jianguang Zhang, Shuai Wang, Lingling Li, Jing Zhao 

Center for Composite Materials and Structure, Harbin Institute of Technology, 
Harbin 150001, China 

* Corresponding author (zhengyt@hit.edu.cn) 
Abstract：Al2O3/ZrO2 eutectic ceramics were prepared by combustion synthesis using Al and Zr(NO3)4 as raw 
materials. Al2O3/ZrO2 eutectic structure showed that randomly-oriented rod-like ZrO2 phases were embedded in 
Al2O3 matrix with a spacing of about 280 nm. The bending strength and fracture toughness of the product 
reached 1060MPa and 11.2MPam1/2, respectively , which were attributed to nanostructure eutectic, bridge and 
pull-out effects of the rod-like ZrO2. 
Keywords: Al2O3/ZrO2 eutectic ceramics; microstructure; mechanical properties; combustion synthesis 
1. Introduction 

Recently, Al2O3/ZrO2 eutectic ceramics are 
attracting considerable interest because of their 
combination of high strength and toughness at 
elevated temperatures due to the special fiber or 
lamellar structure [1-3]. At present, several 
advanced techniques are employed to prepare 
Al2O3/ZrO2 eutectic, including Bridgman, laser 
heated floating zone (LHFZ), edge-defined film-fed 
growth (EFG) and micro-pulling down (-PD) 
method [4]. However, large bulk Al2O3/ZrO2 
eutectic in centimeter scale with fine interphase 
spacing (<1m) is difficult to fabricate by 
employing the above mentioned methods. 
Combustion synthesis, which is a novel preparation 
and processing technique for high-temperature 
ceramic and compound, has the advantages of high 
reaction temperature (3000-4000K) and large 
thermal gradient (103 -106 K/cm) to prepare the 
large bulk eutectic ceramic [5,6]. Zhao et al 
reported the Al2O3/ZrO2 eutectic with 30 cm 
diameter was fabricated by simultaneous 
thermit-combustion and gravity separation using 
CrO3, Al, ZrO2, Y2O3 and SiO2 as raw materials [7], 
and Mei et al conducted a similar way to prepare 
Al2O3/ZrO2 eutectic and studied the effect of    
gravity field on the microstructure of the products 

[8]. 
In our previous work, the microstructure of 

Al2O3/ZrO2 eutectic coating prepared by 
combustion-assisted thermal explosion spraying 
was studied. The Al2O3/ZrO2 coating can be divided 
into three regions according to the crystal structure 
along the growth direction. First region in contact 
with the Cu substrate was amorphous structure, and 
then was cellular crystal region, in which Al2O3 
shows cystiform shape, and last dendrite Al2O3 

crystal, the later-two of which was embedded in 
Al2O3/ZrO2 eutectic matrix [9]. Moreover the 
Al2O3/ZrO2 eutectic ceramic composites were 
obtained by explosion synthesis [10], but it had the 
disadvantages that the pressure was higher than 
30MPa and the size of products was smaller than 
Φ20×40mm. In this paper, Al2O3/ZrO2 eutectic 
ceramics were fabricated by combustion synthesis 
under low pressure using Al and Zr(NO3)4 as raw 
materials. It had the advantages that the pressure 
was lower than 10MPa so that the safety of 
production could be ensured and large bulk 
products, which could reach Φ60×50mm, could be 
obtained. 
2. Experimental procedure 

Al powders (99% purity, 5 m) and Zr(NO3)4 

(99% purity) were used as reactant. The reaction 
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was expected to take place as follow: 
32Al+3Zr(NO3)4→10Al2O3+3ZrO2+12AlN (1) 

Through adding appropriate amount of Al2O3 
and ZrO2 into reactant, the Al2O3/ZrO2 eutectic 
ceramic could be obtained. In addition, the reaction 
temperature and Al2O3/ZrO2 ratio in products could 
be adjusted to study the reaction mechanism and 
eutectic microstructure. The reactant components 
with adiabatic temperature of 2800,3000,3200 and 
3400K, which were marked as AT1,AT2,AT3 and 
AT4, respectively, were selected to study the effect 
of reactant content on reaction temperature. 

The microstructure of eutectic ceramic was 
observed by scanning electron microscopy (SEM, 
JSM-6390, Japan). The phase compositions were 
determined by X-ray Diffraction (XRD, 
D/MAX-RB, Rigaku, Japan). The flexural strength 
was measured by a three-point bending method 
with a cross-head speed of 0.5 mm/min and a span 
of 30 mm and sample dimension of 3 mm × 4 mm × 
36 mm on a universal testing machine 
(Instron-1186, USA).The fracture toughness was 
measured by single edge-notched beam method 
with a cross-head speed 0.05 mm/min. A notch with 
a depth of 2 mm and a width of 0.4 mm was 
machined into test bars of 2 mm × 4 mm × 22 mm. 
3. Results and discussion 

It could be found from Fig.1 that the products 
consisted of Al2O3, ZrO2 and ZrN. The existence of 
ZrN instead of AlN in products indicated that the 
reaction designed as equation (1) was unrealistic 
because of the unstability of AlN at high 
temperature. The product constitution as shown in 
Fig.1 indicated that the real reaction route should 
correspond to equation (2). 

4AlN+3ZrO2→2Al2O3+3ZrN+0.5N2     (2) 
The relationship between adiabatic temperature 

and Gbbis Free Energy in reaction (2) was 
calculated, as shown in Fig.2. It indicated that the 
Gibbs Free Energy of this reaction would fall below 
zero when the temperature rose above 1399 K. 
Since all combustion temperatures were above 

2800K, in this study, the AlN was transformed into 
ZrN at last. 

 

Fig. 1 X-ray diffraction pattern of Al2O3/ZrO2 eutectic 
ceramics (a) AT1 (b) AT2 (c) AT3 (d) AT4 

 
Fig. 2 The relationship between Tad and Gbbis Free 

Energy in reaction (2) 
According to the reaction (2), in the closed 

reactor, a little content of nitrogen was released to 
produce pressure. The pressure was calculated 
according to ideal gas equation of state and 
measured (samples AT1, AT2, AT3, AT4) by 
piezometer, as shown in Fig.3. The measured 
pressure was little higher than the theoretical 
calculated pressure and the highest measured 
pressure was about 9MPa. Moreover, Al2O3/ZrO2 
eutectic ceramic could be prepared under greatly 
lower pressure or even atmospheric conditions if 
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excess Al was added into the reactant on the basis 
of the reaction equation (3) in further investigation. 

 

Fig.3 The relationship between pressure and Tad of the 
combustion synthesis for Al2O3/ZrO2 eutectic ceramic 

 
 8Al+3N2+6ZrO2→4Al2O3+6ZrN         (3) 
The adiabatic temperature was calculated 

through thermodynamic analysis, as shown in Fig.4. 
The measured reaction temperatures were marked 
in Fig.4. It was found that the measured 
temperature was about 200K lower than the 
theoretical temperature. The adiabatic temperature 
of this combustion reaction could easily reach 
4000K, which was much higher than the eutectic 
transformation temperature of Al2O3/ZrO2 system 
(2135 K) based on the Al2O3/ZrO2 equilibrium 
phase diagram [11], indicating the method 
employed in this paper had the distinct advantage to 
prepare Al2O3/ZrO2 eutectic ceramic. The reaction 
temperature curve measured by W/Re 
thermocouples was shown in Fig.5. The 
temperature curve had a sharp rise once the reactant 
mixture was ignited, which was corresponding to 
adiabatic hypothesis. In addition, the cooling rate of 
reaction product was obviously fast, as shown in 
Fig.5, which was favorable to obtain fine 
microstructure of Al2O3/ZrO2 eutectic ceramic. 

 
Fig.4 The relationship between Tad and reactant content 

of the combustion synthesis for Al2O3/ZrO2 eutectic 
ceramic 

 
Fig.5 Temperature profile of the combustion synthesis 

for Al2O3/ZrO2 eutectic ceramic (Tad=2673K) 
The backscattered electron image of the 

Al2O3/ZrO2 eutectic ceramic was shown in Fig.6. It 
can be observed that rod-like ZrO2 showed white 
and Al2O3 phase presented deep color in the 
magnification microstructure of Al2O3/ZrO2 eutectic. 
The diameter and interphase spacing of the rod-like 
ZrO2 was in submicrometer range of 200 nm and 
280 nm, respectively. Such fine eutectic structure is 
likely caused by the large cooling rate of the 
product prepared by combustion synthesis.  

In the simplest case of isotropic surface energy, 
ZrO2 rods in Al2O3/ZrO2 eutectic are anticipated to 
form when the volume fraction is less than 28%, 
while lamellas form when volume fraction is 
greater than 28%. In this study, the volume fraction 
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of ZrO2 was less than 28%, and thus ZrO2 exhibited 
the tendency to grow in the rod structure than 
lamellas. 

Figure 7 showed the fracture morphology of 
Al2O3/ZrO2 eutectic composite. The fractography 
showed that pull-out of the ZrO2 rod and crack 
deflection were the main fracture modes in 
Al2O3/ZrO2 eutectic. Because the eutectic structure 
is in-situ formed in molten state during combustion 
synthesis process, nano-micron ZrO2 rods are 
entirely embedded in the Al2O3 matrix, thus the 
prepared eutectic composite exhibits excellent 
mechanical properties. The maximum bending 
strength and fracture toughness of composites were 
1060MPa and 11.2MPam1/2, respectively. 

 
Fig.6 Backscattered electron image of Al2O3/ZrO2 

eutectic 

 
Fig.7 Fractography of Al2O3/ZrO2 eutectic 

4. Conclusions 
Al2O3/ZrO2 eutectic ceramics were fabricated 

by combustion synthesis under low pressure using 
Al and Zr(NO3)4 as raw materials. The eutectic 
microstructure showed that rod-like ZrO2 embedded 
in Al2O3 matrix with a spacing of 280 nm. Due to 
nanostructured eutectic, pull-out and bridge effects 
of rod-like ZrO2, the bending strength and fracture 
toughness of the eutectic ceramic composites 
reached 1060MPa and 11.2MPam1/2, respectively. 
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1 Introduction  

 

Nowadays overusing the fossil fuels and resource 

brings out irreversible impact on global environment. 

At this moment, “eco-design” is becoming a 

philosophy to guide next generation of materials and 

products. Therefore, in order to solve the ecological 

concern and sustainable living problem, renewed 

interest in developing composite material from 

environmentally friendly nonpetroleum-based 

natural fibers is increasing. Natural fibers possess 

advantages over synthetic or manmade fibers due to 

its abundance, biodegradability, CO2 neutrality, 

excellent price/performance ratio and comparable 

specific strength properties.  

Recently, one of the most widely used natural 

fibers is kenaf, which has been successfully 

incorporated in variety of applications especially for 

composite reinforcement [1]. Kenaf is well known 

as a cellulosic source from annual kenaf plant with 

both economic, ecological advantages and unique 

mechanical properties such as high tensile strength 

and stiffness, impact resistance and bending 

flexibility, which can be grown under a wide range 

of climatic conditions with high speed and relatively 

little care. In Malaysia, frantic effort has been made 

through the national kenaf research and development 

program to make kenaf an industrial crop and 

commercially viable product [2]. A serious of 

research works had been conducted one by one on 

Malaysian cultivated kenaf with a view to make 

kenaf a potential and economically viable plant to be 

utilized more wisely and economically [3-4]. 

The mechanical properties, fibre loading and 

compatibiliser addition effect of kenaf fiber 

reinforced composites have been reported in 

previous literatures. M. R. Ishak et al. investigated 

mechanical properties of kenaf bast and core fibre 

reinforced unsaturated composites, in which 

demonstrated kenaf bast fibre’s higher mechanical 

properties than kenaf core fibre composites and 

20wt% was the optimum fibre content for highest 

tensile strength achievement for both bast and core 

composites [4]; A. Hao et al. studied mechanical 

properties of kenaf/polypropylene nonwoven 

composites (KPNC) as interior parts under various 

loading and found out the KPNCs were not sensitive 

to the notch in tensile test but sensitive to the strain 

rates [5]; M.Z. Ahmad Thirmizir et al. evaluated 

kenaf bast fiber (KBF)’s loading and maleated PBS 

compatibiliser’s addition on performance of the 

composite under 6 months natural weathering ageing 

in a tropical climate by color change analysis, FTIR 

spectroscopy analysis and SEM examination [6]; T. 

T. Law et al. paid attention to the water absorption 

and dimensional stability of short kenaf fiber-filled 

polypropylene composites treated with maleated 

polypropylene (MAPP), which revealed MAPP’s 

significant improvement in compatibility between 

fiber and matrix, reduced water absorption as well as 

thickness swelling in the composites [7]. 

Outdoor applications of natural fiber composite is 

raising concerns in terms of their durability, 

including UV resistance, moisture resistance and 

extreme temperature withstand and dimensional 

stability. As well known, natural environment 

degradation is the essential method to investigate 

composite’s durability during their service life. Thus 

far, there seems still lack of knowledge and study 

reporting on kenaf fiber reinforced unsaturated 

polyester composite’s environmental degradable and 

durable behavior upon exposure into apparently 
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different geographic environment conditions. In 

general, the vital function of this study was to 

characterize the durability of KUNCs under 

subtropical marine monsoon climate with mild 

temperature in Shanghai (China), continental 

monsoon climate with extreme cold temperature 

(Harbin) and mild sea climate Kyoto (Japan) by 

changes in physical and mechanical properties. 

 

 

2 Materials and Fabrication 

 

2.1 Materials 

Bulkier kenaf nonwoven fabrics with gram weight 

range from 1300- 1800 g/m
2
 was produced by Dr 

Rahmatullah Holdings Sdn.Bhd., Malaysia. 

Specially, needle-punching technique (GROZ-

BECKERT) was applied to form fiber entanglement 

and 3D fiber orientation by an array of barbed 

needles penetration through kenaf nonwoven web, as 

shown in Fig.1 punching line was very apparent 

appeared on the Kenaf mat surface. In addition, 

degradation temperature and density of kenaf fiber 

in this study are 265.17 ℃  and 1.35 g/cm
3
 

respectively. Unsaturated polyester and methyl ethyl 

ketone peroxide （MEKP）catalyst were employed 

as the matrix system in the ratio of 100：0.7, which 

supplied by Showa Highpolymer Co. Ltd., Japan. 

 

2.2 Composites fabrication 

Predetermined size of kenaf nonwoven fabrics 

with 150 mm X 250 mm and comparable bigger size 

of folded PET film box were prepared prior to 

molding. 

Firstly, kenaf fabric was impregnated into mixed 

matrix system filled in PET film box assisted by 

vacuum system without heating for 20 minutes. 

Afterwards, the molded panels were kept at the room 

temperature with certain weight for 24 hours curing 

period followed by 2 hours post-cure in an air-

convection oven at 100℃. 

In order to obtain good mechanical performance, 

similar fiber weight fraction of 16% （reported by 

M. R. Ishak et. [4]）were decided and different 

composite panel thickness was also controlled by 

spacers respectively owing to kenaf mat varied unit 

area gram weight with a average thickness range 

from 7mm to 8mm. 

 

 

Figure1. Original punched Kenaf mat material and 

fabricated panel sheet 

 

 

3 Environmental aging and degradation 

 

Samples with the size corresponded to ASTM 

standards for predetermined mechanical tests were 

prepared to place upon subtropical marine monsoon 

climate with mild temperature in Shanghai (China), 

continental monsoon climate with extreme cold 

Punched Mat

Fabricated Sheet

Fabricated Sheet
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ENVIRONMENTAL DURABILITY OF KENAF FIBRE 

REINFORCED UNSATURATED POLYESTER COMPOSITE 
  

temperature (Harbin) and mild sea climate Kyoto 

(Japan) simultaneously in a absolutely exposure 

condition up to 2160 hours. During ageing period, 

characteristic parameters of degradation 

environment were recorded such as temperature, 

relative humidity and amount of precipitation based 

on the local weather station. Mass change of the 

samples was recorded using an electronic balance 

followed by moisture uptake calculation. The 

moisture uptake expressed in percent weight gain, 

Wc %, is Eq. (1). 

 

Equation: 

  (1) 

Where WO and WD are the mass of the specimen 

before and after ageing in a natural dried condition. 

 

 

4 Testing Method 

4.1 Mechanical Testing 

Tensile tests, 3-point bending tests and fracture 

toughness test-single edge notch bending (SENB) 

were carried out for non-degraded and after 2160 

hours (3 months) ageing samples by universal 

testing machine (Type 4206) to determine aged 

mechanical properties. At the same time, tensile, 

flexural and single notch bending test were in 

accordance to the ASTM D5083, ASTM D 790-3 

and ASTM D5045-99 respectively. Especially, 

SENB test was performed with 10mm/min loading 

rate, during which non-notched specimens was also 

prepared for deflection correction in order to 

calculate toughness GIc. Additionally, Izod impact 

test was performed on the Impact tester (Toyoseiki) 

with pendulum 5.5J in accordance with ADTM D 

256-05.  

 

4.2 Observation 

Cross-section, fiber bundle and crack 

development of KUNC for both before and after 

ageing were observed by a Reflection-Type Optical 

Microscope. Selected specimens were embedded 

with epoxy resin following by 12 hours’ resin cure 

in room temperature and then polished by a 

polishing machine (Doctor-Lab, ML-180) before 

observation. 

The fracture surfaces after tensile and Izod tests 

were also inspected by a field emission scanning 

electron microscope (Hitachi, S-4200) (SEM) with a 

focus on fiber pull-out performance to characterize 

their interfacial bonding and relationship with test 

results. Gold was sputtered onto the specimens for 

electron conductivity before SEM observation. 

 

 

5 Results and Conclusions 

 

5.1 Environmental degradation condition record 

and sample’s weight change ratio 

 

Real-time natural weather conditions among 

Kyoto (Japan), Shanghai (China) and Harbin (China) 

were recorded based on local meteorological 

agency’s report everyday during 3 months 

environmental degradation period. As shown in 

Tab.1, total precipitation, average temperature and 

average relative humidity were summarized and 

tabulated. It was clearly to found that Shanghai city 

received the least total precipitation amount during 

specific degradation period than other two 

degradation positions. Especially, Harbin city’s 

average temperature presented an extreme cold 

condition. However, there was not the big difference 

in the average relative humidity among 

predetermined 3 positions. 

Weight change ratio of the samples plotted with 

specific degradation position was gathered in Fig.2. 

It was deserved to note that samples aged in Harbin 

represented the biggest weight gain ratio, which was 

around 8 times of samples degraded in other two 

positions’. Furthermore, even if the samples were 

placed into two different positions (Shanghai & 

Kyoto) with respective climate condition, their 

weight gain ratios were nearly the same. Combined 

the environment condition phenomena with 

experimental weight change ratio result, it was 

indicated the significant weight gain in samples after 

3 months degradation in Harbin may caused by 

precipitation absorption from deteriorate interphase. 
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As the samples placed upon extreme cold 

environment (Harbin), composite samples internal 

(fiber and matrix) inhomogeneous shrinkage 

deformation resulted in micro-cracks.  

 

 
Tab.1 Environmental Degradation Condition Record 

 

 

 
 

Figure.2 Weight change after 3 months 

environmental degradation 

 

5.2 Mechanical testing results 

 

5.2.1Tensile Test 

 

Fig.3 displayed the typical stress-strain curves 

comparison among samples of non-degrade and 3 

months degraded in specific environments. It 

revealed degraded samples had decreased tensile 

strength and nearly the same strain. Additionally, 

retention ratios of tensile strength after ageing in 

respective position were also compared for 

degradation degree explanation in Fig.4. It 

demonstrated samples degraded in Shanghai still had 

around 96% retention of strength; on the contrast, 

tensile strength of samples aged both in Kyoto and 

Harbin represented an apparent deteriorate effect 

with 15% and 26% dropping. 

 

 
Figure.3 Typical Stress-Strain curves 

comparison among samples of non-degrade and 3 

months degradation in different environments 

 

 
Figure.4 Retention of tensile strength (%) 

 

5.2.2 3-point bending test 

 

Both flexural modulus and strength experimental 

results of samples before and after ageing were 

illustrated in Fig.5. As shown in Fig.5, bending 

modulus didn’t make a big difference with a flat 

trend of plotting curve. However, sample’s bending 

strength after degradation presented varying 

deduction level, in which samples degraded in 

Kyoto showed the largest decrement (25%). It can 

be supposed to be the deteriorated fiber bundle and 

changed crack development in KUNC, which also 

can be examined and verified in following 

microscope inspection. 

0.0

0.5

1.0

1.5

2.0

2.5

Non degrade Degraded in Kyoto Degraded in

Shanghai

Degraded in

Harbin

W
ei

g
h
t 

ch
an

g
e 

ra
ti

o
 (

%
)

0

5

10

15

20

0 0.002 0.004 0.006 0.008 0.01 0.012

Strain (mm/mm)

S
tr

es
s 

(M
P

a)

Non degrade

Degraded in 

Kyoto

Degraded in 

Harbin

Degraded in 

Shanghai

S
tr

en
g
th

 (
M

P
a)

0

20

40

60

80

100

Non degrade Degraded in Kyoto Degraded in Shanghai Degraded in Harbin

 

Time Period Total Precipitation (mm) Average Temperature (℃)

Average Relative Humidity 
(%)

Shanghai Harbin Kyoto Shanghai Harbin Kyoto Shanghai Harbin Kyoto

2012/12/20-31 12 21 60 4.9 -22.2 5.0 80 79 70 

2013/1/1-31 47 96 41 4.4 -21.0 3.9 67 69 66 

2013/2/1-28 66 93 96 6.7 -16.4 4.5 73 65 67 

2013/3/1-20 53 40 63 11.0 -9.4 9.5 62 64 57 

Summary 177 250 259 6.8 -17.3 5.7 71 69 65 
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Figure.5 Bending modulus and strength 

comparison among samples of non-degrade and 3 

months degradation in different environments 

 

5.2.3 Fracture toughness test 

 

Fracture toughness KIc and GIc were calculated 

based on the max load (Pmax) reflected in Fig.6 in 

accordance with equations defined in ASTM D5045-

99. Summarized KIc and GIc results of samples 

before and after ageing were displayed in histogram 

Fig.7, from which aged KUNC sample’s deteriorate 

resistance to crack propagation and decreased crack-

growing energy were clarified clearly. As the same 

consideration with sample’s largest weight gain ratio 

aged in Harbin mentioned forgoing, shrinkage 

micro-crack/fracture leaded by extreme cold 

temperature brought out a most serious deteriorated 

fracture toughness property for aged KUNC samples 

in Harbin with 10% decreasing rate. 

Relation between weight gain ratio and fracture 

toughness property change of samples after ageing 

were plotted in Fig.8 as well. It demonstrated 

moisture absorption played an important role in 

KUNC sample’s ageing performance related to 

fracture toughness. Aged KUNC sample’s resistance 

for crack propagation and crack-growing energy 

decreased with increasing weight gain ratio. Because 

during degradation period, samples were easily to 

absorbed water and moisture from surrounded 

environment and that status leaded to weaker 

reinforcement fiber and deteriorate fiber/matrix 

interphase. 

 

 
Figure.6 Load-Deflection curves for single 

notched samples of non-degrade and 3 months 

degradation in different environments 

 

 
 

Figure.7 Fracture toughness comparison among 

single notched samples of non-degrade and 3 months 

degradation in different environments 

 

 
 

Figure.8 Relation between weight gain ratio and 

fracture toughness property change of KUNC 

samples after ageing 
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5.2.4 Izod Impact Test 

    Absorbed energy of non-degraded and 

degraded samples after pendulum izod impact test 

was summarized and compared in Fig.9. It was very 

interesting to found two changing trend after 3 

months environmental degradation. For the samples 

degraded in Harbin city displayed nearly 10% 

decreasing in absorbed energy. However, samples 

placed in rest two cities both showed around 15% up 

of absorbed energy conversely. Combining with 

their weight change ratio, samples degraded in HIT 

with largest weight increasing ratio may affect the 

bonding status between fiber and matrix, therefore, 

weak interface leaded to lower absorbed energy 

during pendulum impact test. While, slight water 

absorption in samples degraded in KIT and DH may 

release the fiber, which make composite sample 

stronger to resistant pendulum impact process. 

 

 
Figure.9 Absorbed energy comparison during izod 

test among non-degraded and degraded composite 

samples 

 

5.3 Observation 

5.3.1 Morphology of KUNC and bending crack 

development 

Taking KUNC samples aged in Kyoto and 

Shanghai as an example, optical images of 

fabricated KUNC before and after ageing were 

shown in Figure.10, in which punched fibers and 

entangled fiber morphology can be examined easily. 

It is noteworthy that departed microfiber 

characteristic and cracked polymer trace existed in 

aged fiber bundle differed from non-degraded one in 

enlarged photographs. It is considered that general 

ultraviolet damage on the resin close to the 

fiber/matrix interphase and absorbed moisture’s 

expansion effect on deteriorate interphase during 

environmental degradation period leaded to final 

microfiber’s depart. 

As mentioned forgoing, bending strength of aged 

samples in Kyoto displayed 25% decreasing. Here, 

sample’s bending crack development before and 

after ageing were compared in Fig.11. Referring to 

the non-degrade KUNC sample, crack developed 

along outside of fiber bundle after bending. On the 

contrary, degraded sample’s crack went through the 

interphase between microfibers. Different fracture 

performances of aged bending sample strongly 

pointed out their deteriorate interphases and 

corresponded different crack development 

mechanism. 

 
Figure.10 Cross section observation of KUNC 

before and after ageing 

 

 
Figure.11 Bending crack development of KUNC 

before and after ageing 
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ENVIRONMENTAL DURABILITY OF KENAF FIBRE 

REINFORCED UNSATURATED POLYESTER COMPOSITE 
  

5.3.2 Fracture surface inspection 

 

Based on the fracture surface observations after 

Izod impact test, fiber ruptures on the crack surface 

have been observed in non-degraded and degraded 

composites. As the same with original sample, 

degraded samples also displayed a rough fracture 

surface with some long and short fibers pulling-out 

performance. (Shown in Figure.12) 

 

 
Figure.12 Fracture surface observation of 

KUNC after Izod test for non-degraded and 

degraded composite samples 

 

Sample’s fracture surface inspection with respect 

to fiber pull-out performance after tensile test was 

also conducted and displayed in Fig.13. According 

to Fig.13, a good interphase between fiber and 

matrix and comparative short fiber pull-out behavior 

in non degrade sample were examined as kenaf 

fiber’s rough surface. On the contrast, accompanied 

with fiber pull-out performance, aged fractured 

sample also showed a comparative apparent crack in 

the matrix originating from pull-out region. Owing 

to ultraviolet damage on polymer, weak matrix resin 

was considered to be easily fractured with fiber 

pulling out performance, which may affect stress 

transfer during tensile test leading to dropped 

strength. 

 

 

 
Figure.13 Fracture surface observation of 

KUNC after tensile test for non-degraded and 

degraded composite samples 

 

5.4 Conclusions 

 

In this study, kenaf/unsaturated polyester 

nonwoven composite (KUNC)’s weight change ratio 

and related aged mechanical properties after 3 

months environmental degradation in three different 

climate conditions (Kyoto, Shanghai and Harbin) 

were investigated. 

Firstly, KUNC’s durability behavior on 

physical characteristic upon three different 

geographies’ environmental degradation were 

examined and clarified including matrix resin’s 

embrittlement, microfibers’ depart in fiber bundle 

and weight gain ratio because of moisture absorption. 

Eventually, relation between physical 

property’s change and deteriorate mechanical 

performance was summarized. Simultaneously, 
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Non degrade Non degrade

3 months degraded 

in Kyoto
3 months degraded 
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Fractured Polymer
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3 months degraded 
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different natural environment weathering conditions’ 

varying ageing effects on KUNC were compared 

and discussed. It was demonstrated that weight gain 

owing to the absorbed moisture from environment 

made a big difference on tensile, bending strength 

and fracture toughness for aged samples. On basis of 

fiber bundle’s observation, degraded effects 

comparison among those three specific positions 

indicated extreme cold temperature played an 

important role in deteriorating process excepting of 

total precipitation amount from natural weathering. 

 

 

5.5Future Research 

 

In order to get a well knowledge of KUNC’s 

durability behavior upon different environmental 

climate conditions, samples’ exposion upon more 

extreme environments with longer degradation 

periods will be concentrated to study in the next step. 

Consequently, KUNC’s processing, surface 

treatment and priority can be guided efficiently for 

widely utilization for realistic construction 

application field. 
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SURFACE ANALYSES OF BASALT FIBRES: TAILO RING THE 
INTERPHASE OF “GREEN” FIBRE REINFORCED COMPOSITES  

1 Introduction  
 
In times of raw material scarcity, the efficient 
exploitation of raw materials, as well as the 
reclamation of materials post-use, get more and 
more in focus for high performance material design. 
 
The perceptions of renewable fibres for 
reinforcement are predominantly connected with jute, 
flax and hemp due to the manner of reaping and 
growing of plants. However, the genesis of 
magmatic rocks is a similarly renewable process.  
With each eruption of a volcano, rocks like basalt 
are generated when lava cools down quickly at the 
Earth’s surface, so it seems to be an inexhaustible 
raw material source. The disadvantage of natural 
fibres is the dependence of mechanical and other 
properties on environmental conditions during the 
growing phase. Basalt fibres are not affected by such 
factors: instead, as with glass fibres, the quality 
strongly depends on the processing technology. 
According Novitskii and Efremov [1] two 
techniques are available: modular and multioperator 
technology, which differ in the size of bath furnace 
and number of spinneret feeders. Nevertheless, 
fiberizing itself is a complex process, which is 
affected by multiple factors. Next to the melting and 
drawing process, sizing plays an important role. 
Therefore, fundamental studies of fibre surfaces are 
advantageous for tailored sizing and/or interphase 
development [2]. 
 
Dealing with surface sensitive methods enables 
manifold sources to provide additional information 
on the decomposition of glass structures. Fig. 1 
gives a summary of surface analysis methods and 

their expected outcome for fibre development as 
well as interphase design. Thus, these methods 
provide the basis for comprehensive investigation of 
fibres themselves and sizings (aqueous formulations 
of assorted components, including, coupling agents, 
film formers, lubricants and other additives) applied 
to them. Sizings are important not only for the role 
they carry out protecting the surface layer during the 
fibre manufacture, but also for the effect they have 
on the properties of subsequent composites [3]. The 
review of Ishida [4] comprehensively reflected 
fundamental understanding of molecular and micro 
structure of interfaces and interphases in composites 
and coatings. 
 

 
 
Fig. 1. Summary of surface analysis methods and 
their expected outcome for fibre development as 
well as interphase design. 
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The concepts of an interphase containing 
chemisorbed and physisorbed silane as well as that 
of an inter-diffusion and inter-penetrating polymer 
network (IPN) formation on sizing/matrix interfaces 
are well known [4, 5]. 
 
Coupling agents used in fibre sizings are 
predominantly organosilanes combining two types 
of functionality: a silicon-functional group and an 
organofunctional group. The silicon functional 
group is a hydrolyzable group responsible for the 
bond to the glass surface, whereas the 
organofunctional group reacts or interacts with the 
polymeric matrix. 
Due to hydrolysis, reactive silanol groups are 
generated which condense with other silanol groups, 
including silanol groups on the fibre surface. A 
stable covalent linkage is formed by drying or curing 
[6-9]. According to Arkles [8], formation of stable 
condensation products is also possible with oxides of 
e.g. aluminium, zirconium and titanium; less stable 
bonds are formed with oxides of boron, iron, carbon 
and no stable bond formation is expected with Si-O- 
and alkali metal oxides or carbonates.  
 
In this work, the composition of the surfaces of 
unsized, silanized and temperature treated basalt 
fibres are studied by XPS. Based on the work of 
Thomason and Dwight [10] the coverage of a 
surface by the applied coupling agents is discussed, 
as well as the bonding behaviour of coupling agents 
on the basalt surface itself. Furthermore, the 
influence of a thermal treatment on the surface of 
two basalt fibres with a different chemical 
composition is investigated. 

 

2 Experimental 

Several surface treated basalt fibres are investigated 
by XPS, and SEM techniques. Surface treatment 
includes unsized as well as silanized state and heat 
treatment (600°C /5h).  
Two fibres, BAS11 and BAS12, were manufactured 
using an industrial scale pilot plant; chemical 
composition is given in Tab.1. The nominal diameter 
of the basalt fibres is 15 µm and the nominal yarn 
count is 100 tex. The unsized state is achieved by 
sizing only with water during the drawing process. 
Fibres were sized with an aqueous solution of 

commercial silanes. Investigated silane coupling 
agents are S1: N-2-(vinylbenzylamino)-ethyl-3-
aminopropyl-trimethoxysilane (Z-6032 supplied by 
Dow Corning), S3: amino-functional silane (A-1128 
supplied by Momentive) and S5: 3-
glycidyloxypropyl-trimethoxysilane (GLYMO 
supplied by Evonik). The average sizing content on 
fibres is ≤0.1wt % determined by pyrolysis 
(650°C/1h). 
 
XPS analyses were performed on a ThermoFisher 
Scientific (East Grinstead, UK) Theta Probe 
spectrometer. XPS spectra were acquired using a 
monochromated Al Kα X-ray source (hv = 1486.6 
eV). An X-ray spot of 400 µm radius was employed. 
Survey spectra were acquired employing a pass 
energy of 300 eV. High resolution, core level spectra 
for O1s, C1s, Al2p, Na1s, Si2p, Ca2p, Mg1s and 
Ti2p were acquired using a pass energy of 50 eV, 
Fe2p core level spectra were acquired with a pass 
energy of 80 eV. 
 
Heat treatment was managed by storing fibres in an 
oven (L5/11 Nabatherm) for 5h at 500°C and 600°C 
in air. 
For qualitative filament surface investigation, a 
Scanning Electron Microscope (SEM) Ultra Plus 
(Zeiss, Germany) was used. Specimens were sputter-
coated with platinum. 
 
Single fibre tensile tests were conducted under air-
conditioning (temperature 23°C, rel. humidity 50 %) 
by using a Favigraph semi-automatic testing device 
(Textechno, Mönchengladbach, Germany) equipped 
with a 1 N load cell. The cross head velocity was   
25 mm/min and the gauge length was 50 mm. The 
fineness of each selected fibre was determined by 
using the vibroscope method in accordance with 
ASTM D 1577. 50 single fibres were tested for the 
determination of the average values with exception 
of data point BAS 12 – 600°C/5h. Here, fibres were 
extensively weakened by thermal treatment. 
Therefore, only 20 single fibres were tested (Fig. 5 – 
unfilled diamond). 
 
Tensile test results were evaluated by Weibull 
probability analysis according to Eq.1, where P is 
the cumulative probability of failure of filament at 
the applied stress σ. 
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The scale parameter σ0 represents the stress at which 
63.2% of the filaments break (P (σ0) = 0.6321). The 
shape parameter m, designated as Weibull modulus, 
is a measure of the distribution of the failure stress. 
A higher value of m indicates that filaments fail in a 
narrower range of failure stresses. Weibull 
parameters are determined by plotting ln(−ln(1 − P ) 
against ln(σ). Thereby, m is equal to the slope of the 
generated curve and σ0 is equal to interception with 
ln(−ln(1 − P ) = 0. 
Pi = (i – 0.5)/N is used to calculate the probability of 
the failure Pi for the ith strength. N is the sample size. 
Eq. 1 is used to evaluate a unimodal Weibull 
distribution.  
 

3 Results and Discussions 

3.1 Chemical composition of basalt fibres  

Typical compositions of available continuous basalt 
fibres are about 52-61 wt% RO2, 21-31wt% R2O3 

and 13-21 wt% RO+R2O. Basalt fibres contain up to 
one fifth oxides, which may act as modifiers in the 
glass network (RO+R2O). The main component is 
silica. Other components, in order of their amount, 
are oxides of aluminium, iron, calcium, magnesium, 
as well as sodium, potassium and titanium. Basalt 
fibres are free of boron. Tab. 1 shows exemplary 
chemical composition of 2 analyzed continuous 
basalt fibres. BAS12 fibre compared to BAS11 fibre 
is poorer in silica, but richer in magnesium and iron 
oxide. 
 
Tab.1. Chemical composition of basalt fibres in wt% 
 BAS11 BAS12 
SiO2 58 52 
Al 2O3 18 17 
Fe2O3* 7 10 
CaO 7 8 
MgO 3 6 
Na2O+K2O 5 5 
TiO2 1 2 
*includes FeO and Fe2O3 

 

 
 
 

 
Fig. 2. XPS Survey spectra of unsized BAS11 and BAS12 fibre 
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3.2 Surface constitution 

The chemical composition of fibre surfaces of 
BAS11 and BAS12 fibre is investigated by XPS. Fig. 
2 shows the survey spectra. Fig. 3a displays the main 
components as a ratio of atomic-concentrations. 
Detected elements are: silicon, aluminium, iron, 
calcium, magnesium and sodium. (Titanium is 
detected in negligible quantities and therefore not 
displayed in Fig. 3a). 
The fibre surface is contaminated by carbon. C/Si 
ratio of BAS12 is higher than BAS11 fibre but still 
classified as unsized fibre due to a C/Si ratio of 
about 3 according to Thomason’s rule of thumb for 
evaluating sizing coverage [10]. The surface layer is 
rich in silicon, aluminium and, in the case of BAS12 
fibres, in magnesium. In spite of the higher content 
of iron oxide compared to magnesium oxides, the 
iron oxides seem to be not predominate at the fibre 
surface. Fe/Si ratio is 0.1 (BAS11) and 0.16 
(BAS12), whereas Al/Si ratio is increased: 0.30 
(BAS11) and 0.26 (BAS12). 
 
Fig. 3b and 3c display results of high resolution 
scans of the silane treated basalt fibres. Due to the 
applied silane coupling agents containing Si, 
coverage of silanized basalt fibres cannot be 
discussed in terms of the C/Si ratio. Therefore, the 
detected atomic concentrations of Si, O, N and C are 
related to several elements, which are characteristic 
for basalt fibres. These are Ca, Al and Fe. The 
coverage by coupling agents is detectable by 
increased atomic concentrations of C, Si and partly 
N. 
 
In contrast to well-known and established E-glass 
fibres, basalt fibres contain higher amounts of iron 
oxides. Nevertheless, a similarity in chemical 
composition of E-glass and Basalt fibres has been 
reported by Park and Subramanian [11]. Obtained 
XPS results indicate relatively high intensities of Si 
and Al. Oxides of silicon and aluminium are able to 
form stable bonds with silanol groups of coupling 
agent. Therefore, it is proposed that characteristic 
Fe- content of basalt fibres plays a minor role for 
covalent bond formation and/or build up the 
polysiloxane layer. 
 
 

 
(a) 
 

 
(b) 
 

 
(c) 
 
 
Fig. 3. XPS data: Chemical composition of basalt 
fibres surface displayed as ratio of atomic 
concentrations  (a) unsized BAS11 and BAS12 
fibres; X/O ratio with X=Si, Al, Fe, Ca, Mg or Na 
(b) unsized and silane treated  BAS11 fibre; X/Fe 
ratio with X=Si, C,O or N (c) unsized and silane 
treated  BAS11 fibre; X/Al ratio with X=Si, C,O or 
N 
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Fig. 4 shows N1s spectra of S1 and S3 treated basalt 
fibres. Both coupling agents are amino- functional 
silanes. N indicates an amino group able to form 
hydrogen bonds with OH groups at the fibre surface 
itself [5] influencing the structure of the 
polysiloxane layer. According to Arora et al. [12] 
the XPS ratio N/Ca is a useful indicator of glass 
fibre coverage. In our experiment the N/Fe and N/Al 
ratio were determined as both elements are more 
characteristic for basalt glass. Calculated values are 
N/Al = 0.8 and N/Fe= 3.9 for S1 treated fibre and 
N/Al = 1.2 and N/Fe= 4.8 for S3 treated fibre. 
Furthermore, the N1s spectra of S1 and S3 are 
distinguished from each other. A peak at 399.9 eV 
and 399.6 eV is observed, respectively. Closer 
examinations of the photoelectron peak of S3 treated 
fibre reveals a shoulder at higher binding energy 
(BE) at approximately 402 eV. BE of 399.6 eV is 
assigned to free amino groups (-NH2) [13], 399.9 
eV to NH [12], whereas occurrence of peak shoulder 
is probably caused by protonated amino groups. 
 
Fig. 3b and 3c show that the highest degree of 
surface coverage is obtained by S3 silane treatment 
due to C/X (X= Fe or Al) ratio is the highest. AFM 
investigation of the silane treated fibre surfaces 
reported in [14] pointed out that the surface 
topography of S3 treated fibre is quite different. S3 
surface appears smooth compared to the surface of 
S1 treated basalt fibre.  
 
Nevertheless, the question about incorporation of 
glass components into the silane layer remains. Both 
Ca and Al are already known to incoporate into the 
polysiloxane layer [13, 15-18]. Therefore, the 
normalization of the typical elements found in silane 
coupling agents (C, N, Si and O) on the amount of 
Fe seems to be a more significant method to evaluate 
the surface coverage of basalt fibre. However, our 
experiments pointed out that the Fe is present to a 
lesser extent on the unsized basalt fibre surfaces 
investigated. 

 

3.4 Tensile strength of unsized fibres  

Tab. 2. summarizes mean values and Weibull 
parameters of unsized BAS11 and BAS12 fibres. 
Tensile strength of unsized BAS12 fibre is 
considerably higher than unsized BAS11 fibre.  

Fibres are manufactured without a sizing. Thus, 
tensile strength values can be strongly influenced by 
processing conditions. The protective effect of a 
sizing during the drawing process is not negligible 
[14]. In this paper we show that tensile strength 
values of silane treated or sized basalt fibres are able 
to attain σ0 -values up to about 3900 MPa. 
 
 
 

 
Fig. 4. XPS: Overlay of N1s spectra of S1 und S3 

treated BAS11 fibre 

 

Tab 2. Mechanical performance of unsized basalt 
fibres (initial state) 
 

 BAS11 BAS12 
Mean [MPa] 1192±617 2457±485 
σ0          [MPa] 1335 2653 
m       [-] 3 6 

 

 

 

Fig. 5. Tensile strength of unsized basalt fibres 
before and after heat treatment. 
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3.5 High temperature behaviour 

Fig. 5 shows tensile test results after different heat 
treatments. Tensile strength of BAS12 is decreased. 
Residual tensile strength after a heat treatment of 5h 
and a temperature of 500°C is only about 650 MPa, 
i.e. 26% of initial tensile strength value. In contrast, 
the absolute tensile strength value of heat treated 
BAS11 is about 1200 MPa. Moreover, enhanced 
treatment due to a further increasing of annealing 
temperature (600°C) did not influence drastically the 
tensile strength of BAS11, whereas performance of 
BAS12 seems to be exhausted. Numerous 600°C/5h 
treated fibres were not able to bear the preload. 
Therefore, the effective performance is lesser than 
shown in Fig. 5. 
 

Tab. 3 contains obtained XPS data of high resolution 
scans. After a heat treatment of 600°C for 5h, the 
surface layer of both fibres investigated has changed, 
with a reduced silica content and an increased 
calcium content within the surface layer.  
 
SEM investigations indicate exclusions on the 
surface of BAS12, whereas the surface of BAS11 is 
quite smooth and homogeneous (Fig. 6). 
 
 
 
 
 
 
 
 

    
 
 
Tab. 3. XPS data of unsized and heat treated (600°C/5h) basalt fibres given as ratio of atom.-concentration  
 

 BAS11 BAS12 
 Initial state Heat treated Initial state Heat treated 
Element 
(line) 

Peak BE [X]:[O] Peak 
BE 

[X]:[O] Peak BE [X]:[O] Peak 
BE 

[X]:[O] 

Si(2p) 102.6 0.26 101.9 0.18 102.0 0.19 101.5 0.11 
Al(2p) 74.5 0.08 74.1 0.05 73.9 0.05 74.0 0.05 
Fe(2p) 711.2 0.03 711.0 0.02 711.0 0.03 711.4 0.03 
Ca(2p) 348.0 0.04 347.4 0.18 347.5 0.06 347.3 0.20 
Mg(1s) 1304.5 0.02 1304.3 0.01 1304.1 0.10 1303.6 0.04 

 
 
 

 
(a)        (b) 

  Fig. 6.  SEM images after heat treatment 600°C/5h (a) BAS12 and (b) BAS11.  

1µm 1µm 
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4 Conclusions 

In this study unsized and silanized surfaces of basalt 
fibres were investigated by XPS. In spite of the very 
complex chemical composition of basaltic glass 
fibres, the surface is dominated by silica and 
aluminium. Although, iron oxide is one of the 
characteristic constituents of the basalt glass 
structure it is comparatively rarely present on the 
fibre surface. Therefore, bonding is expected due to 
reaction of coupling agent and hydroxyl groups on 
basalt fibre surface. 
 
Surface coverage of silane treated BAS11 fibre was 
evaluated by ratios of atomic concentrations of 
characteristic elements of coupling agents and basalt 
fibre surface. Amino functional silanes investigated 
show similar values of N/Fe and N/Al ratios, but 
N1s spectra are different. Regarding XPS results of 
recent study and results reported in [15], it is 
concluded that interactions of organofunctional 
groups with fibre surface, bonding within the 
siloxane layer, as well as incorporated ions from the 
glass surface affect the structure and of course the 
properties of interfacial silane deposition. 
 
The heat treatment experiments indicate that the 
high temperature performance of basalt fibres 
preferably depends on their chemical composition. 
We could show that BAS11’s moderate tensile 
strength level remains after an enhanced heat 
treatment, whereas that of BAS12 was significantly 
reduced after same heat treatment. However, it 
should be noted that the influence of processing 
conditions was out of the scope of the investigation, 
but should be considered in future work.  
 
Thereby, for BAS11 a potential of reprocessing 
basalt fibres is offered. However, the application of 
reprocessed basalt fibres as secondary raw material 
requires probably changed concepts for surface 
modification. XPS and SEM investigations of heat 
treated basalt fibres show a reduced presence of 
silica on fibre surface. Therefore the calcium content 
is increased. In regard of bond formation between 
silane coupling agent and heat treated basalt surface 
by a renewed sizing application, it is assumed, that 
the calcium enrichment on the surface affects bond 
formation disadvantageously. In order to validate the 

assumption, further thorough investigations are 
underway. 
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1 Introduction  
 
    Combining with two or more components 
differing from physical and mechanical properties, 
composite materials can obtain a desirable 
characteristic. Fiber’s surface morphology can be 
considered as one part of the nature properties of 
fiber/matrix bonding [1-2]. It is also generally 
recognized that bonding strength at the fibre-matrix 
interfaces has a great effects on composite material’s 
mechanical properties, therefore, an appropriate 
engineered fiber/matrix interphase are able to 
improve composite’s strength, toughness and 
environmental stability significantly [3]. As well 
know that, bonding strength was mainly depending 
on physical absorption, chemical reaction and 
bonding between fiber surface layer and matrix resin, 
which is strongly influenced by modification of fiber 
surface (surface treatment or sizing) [4-7]. The 
concept of “hybrid composites” is based on the 
composite principle which two or more materials are 
combined together to obtain better optimization of 
useful composite properties to suit specific 
requirements and applications than conventional 
composite, such as hybrid reinforcement and matrix 
hybridization. For further exploitation the idea of 
hybrid composites, current interest and attempt is 
performed to use the same type of fiber with 
different surface treatments for a given composite.    

Up until now, glass reinforced polymer matrix 
composite material has already evolved to be a kind 
of important engineering material due to its light 
weight and excellent mechanical properties, which is 
also widely applied all around the world. There are 
many methods or treating agents for glass fiber’s 
surface treatment including protecting fibers from 
damage and improving the adhesion between fiber 
and matrix. Played an important role in the field of 
glass fiber’s surface treatment, silane coupling is 

generally employed in industry for glass fiber’ 
surface modification to improve both the abrasion 
between fibers and interfacial adhesion between 
delimited materials forming a functional interlayer 
by wet/chemical process.                           

 As well known, silane coupling treated glass fiber is 
helpful for the interfacial bonding between 
fiber/matrix and total composite’s mechanical 
property improvement, which is verified by a large 
amount of previous researches [8-10]. An analysis 
on intermittent bonding for high strength/high 
toughness composites were conducted by A. G. 
ATKINS, which demonstrated varying coating 
material’ crucial effects in getting the desired effect 
and "toughness" of interfaces’ important 
contribution [11]. Based on the so-called ‘hybrid 
interface’ concept, glass woven fabric composite 
laminates containing layers of low and high silane 
sizing concentrations were fabricated and 
investigated by Man-Lung Sham et.al, which 
reported hybrid layers composite obtained some 
improvements in tensile and bending strength 
compared with non-hybrid one with stable crack 
growth [12]. 

“Thick and Gradient Interphase” is always held 
and claimed by the author. That is to say, interphase 
phase is adhered around the fiber along with the 
thickness with varied mechanical property. So it 
seems the structure of interface/interphase is very 
complicated and important for applied composite 
material. Except silane coupling, other chemical 
sizing agents are also used as the surface treatment. 
PUD has been used as sizing for man-made fiber for 
a certain time. However, it is used mainly for the 
protection of fiber during fabrication. That is to say, 
PUD did not be considered popularly as surface 
treatment for fiber reinforced composites. 
Polyurethane is a kind of good surface coating 
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material, which is obtained increasing attention 
recently. In present research, in order to select the 
optimum interfacial conditions and properties 
between glass fiber reinforcement and thermosetting 
epoxy matrix in composite, three kinds of silane 
coupling agents containing with characterized 
function groups (epoxy- and amino-), isocyanate 
based polyurethane dispersion (PUD) solution with 
fixed pick-up ratio (6.49wt%) on glass fiber surface 
and their combination were applied as the surface 
treatments for heat cleaned glass woven fabric, the 
effects on composite’s thermal characteristics and 
mechanical performance were also investigated and 
analyzed based on a serious of mechanical testing 
and fracture observation. 

 

2 Materials and Fabrication 

 

2.1 Materials 

Thermosetting bisphenol-A epoxy (JER828) and 
amine-system harder (JER-W) were used as the 
matrix system in a ratio of 100:24, supplied by 
Mistubishi Chemistry.LTD. Finishing agent on the 
glass-cloth was wiped out through heat clean method 
also by the company, which was so called non-treat 
(heat clean) glass-cloth performed as reinforcement. 

Polyurethane dispersion (Grade UW-5002), 
amino- (KBM 603, N-2-(aminoethyl)-3-
aminopropyl trimethoxysilane) and epoxy- (KBM 
403, 3-Glycidoxypropyltrimethoxy trimethoxysilane; 
KBE 403, 3-Glycidoxypropyltrimethoxy 
triethoxysilane) types of silane coupling agent are 
obtained from UBE Industries Ltd. and Shin-Etsu 
chemical company in Japan.  

PU surface treatment applied in this study was an 
expanding chain mainly composed of two parts: urea 
link and hydrophilic group. KBM403 and KBE403 
are a kind of silane sizing containing with epoxy- 
function group, which can perform as the same with 
normal organic epoxy- function to conduct a 
chemical reaction with alcohol and other water acid 
base, especially suitable for chemical bonding with a 
polymer including amino- function. On the contrary, 
KBM603 attributed to a silane coupling with amino- 
function, which basically reacted with acid, ester, 
ketone, epoxy and halogen compounds. 

 

 

2.2 Composites’ Fabrication 

    None-treat and treated glass woven fabrics 
reinforced thermosetting epoxy were fabricated by 
hot press molding method. Firstly, mixed epoxy and 
harder were put into the vacuum oven for 15-20 
minutes at 70℃ in order to increase the liquidity for 
better mixing and getting rid of the entrapped air-
bubble. Afterwards, one layer of treated or non-treat 
fabric with the size of 250 mm ╳ 250 mm was 
impregnated into matrix resin within 2-3 minutes to 
keep the matrix resin’ s fluidity. Impregnated 
composite sheets were cured by hot press machine 
with applied force of 170 Newton. After being 
initially cured at 100℃ for 2 hours, molded panels 
were post-cured at 175℃ for 4 hours. 
 

2.3 Surface treating process 

Prior to molding, the weight of pre-cut heat 
clean glass clothes was measured as MO. For the 
case of solo treatment, pre-cut fibre cloth were 
submerged into 0.5wt% concentration of 
conditioned silane solution with 0.2mol/L acetic acid 
and PUD original solution respectively for 1 minute. 
Clean tissue was used to wipe out the redundant 
solution on treated glass-cloth surface after taking 
out from the bath. Subsequently, the PUD and silane 
coupling treated glass-clothes were put in 
convection oven for solvent’s evaporation for 1 
hour at 140℃ and 20 minutes at 90℃ respectively. 
While for the case of hybrid one, glass cloth was 
treated by silane coating firstly followed by PU 
treating process. Finally, the weight of treated glass-
cloth MP was measured again for reference. 
Evaluation equation for treatment agent’s pick- up 
ratio (P%) at unit glass-cloth weight was defined as 
Eq.1 

P%=(MP-MO)/MO *100 (1) 

    Where MP corresponded to treated-weight of 
glass-cloth after drying in oven, MO corresponded to 
non-treat weight or silane treated weight. Because 
the silane coupling layer surrounding glass fiber was 
too thin to measure the weight in current study, so  
P% existed in this paper stands for the PU’ pick-up 
ratio. 
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3 Experiments 

3.1 Observation by optical microscope  

    Both cross-section and fiber bundle of fabricated 
virgin and treated GFRP were observed by a 
Reflection-Type Optical Microscope. Selected 
specimens were embedded with epoxy resin 
following by 12 hours’ resin cure in room 
temperature and then polished by a polishing 
machine (Doctor-Lab, ML-180) before observation.  

 

3.2 Treatment layer thickness calculation 

    On basis of the cross-section’s photographs for 
both virgin and treated GFRP taken under 2500 
magnification, every 20 points of single glass fiber 
bundles from random 5 strands (Total 100 points) 
were selected. Employing with Image-J analysis 
software, every type of bundle’s nominal diameter 
values were scientific measured following by real 
size’s transforming on basis of reference scale. 

 

3.3 Tensile Test 

Tensile test was performed using an Instron 
Universal Testing Machine at a constant crosshead 
speed of 1 mm/min. For each type, 5 pieces of 
samples with the geometry of 200 mm X 25 mm 
(length X width) was repeated. 

 

3.4 Dynamic Mechanical Analysis 

   Prepared samples with 6 mm X 30 mm (width X 
length) were tested and analyzed by DMA using TA 
instruments Co., Ltd., DMA 2980. Testing 
temperature was controlled from 40℃ to 250 ℃ 
with the heating rate of 3℃/min. 3 pieces of each 
kind composite were repeated with 0.1 newton of 
static force. 

 

3.5 Scanning Electron Microscope 

 The fracture surfaces after tensile test were 
inspected by a field emission scanning electron 
microscope (Hitachi, S-4200) (SEM) with a focus on 
fiber pull-out performance, fiber/matrix interfacial 

interactions and fracture morphologies to 
characterize interfacial bonding/cohesion and their 
relationships to the test results. Gold was sputtered 
onto the specimens for electron conductivity before 
SEM observation. 

 

4. Results and Conclusions 

 

    4.1 Resin impregnation condition and interfacial 
properties 

 Resin impregnation condition and the interfacial 
interaction between fiber/matrix after treating are 
summarized in Fig.1. It’s clearly to note that cross-
section of solo silane treated composite became 
smoother and flatter with decreased un-impregnated 
hollow holes comparing with virgin GFRP, which 
clarified the good interfacial adhesion and bonding 
between fiber and matrix. On the other hand, solo 
PU treated composite showed decreased holes and 
redundant PU polymer attached around fiber bundles. 
In particular, a combined effect of hybrid interphase 
was displayed. In a word, resin impregnation 
property was greatly improved by silane sizing, 
PUD treatment and their hybrid interphase coating 
on glass fiber. 

 

 

 

 

 

 

 

 

 

 

Fig.1 Expanded glass fiber strand optical 
observation of virgin and treated composites 

 

    4.2 Treatment layer thickness comparison 

    All different treatment layer’s thickness were 
calculated and summarized in Tab.1, various silane 

Virgin GF/Epoxy GF/PUD/Epoxy

GF/KBM403/Epoxy GF/KBM403/PUD/Epoxy

GF/KBE403/Epoxy GF/KBE403/PUD/Epoxy

GF/KBM603/Epoxy GF/KBM603/PUD/Epoxy  
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coupling treatment layers had nearly the same 
coating thickness around glass fiber bundle with 
0.16um. However, PUD layer’s thickness attached 
around held the largest than other solo treatments.  

 According to the Figure.2, it is worthwhile to note 
the sharp differences among hybrid interphase 
themselves and the comparison with solo treatment. 
As the chemical structure and its reaction 
mechanism of KBM403, KBE403, KBM 603 and 
PUD treatments mentioned ahead, silane layer can 
be considered to be an important bridge between 
virgin glass fiber and PUD treatment contained in 
hybrid interphase, whose inorganic part bonded with 
glass fiber surface and organic function group 
participated in chemical reaction with PU layer. 
Therefore, it is clearly to found the pronounced 
thickness increment after combining PUD for KBM 
403 and KBE 403 owing to their internal chemical 
bonding. In the contrast, only a little PUD’s physical 
absorption and fixation existed after combining PUD 
for KBM603. Consequently, it was deserved to 
demonstrate a positive correlation between the 
chemical reaction among hybrid interphase and its 
coating thickness. 

 

 

 

 

 

 

 

 

Tab.1 Various treatment layers’ thickness summary 

 

Virgin 
GF/Epoxy

GF/PUD/Epoxy

KBM403
/GF/Epoxy

KBE403
/GF/Epoxy

KBM603
/GF/Epoxy

KBM403+PUD
/GF/Epoxy

KBE403+PUD
/GF/Epoxy

KBM603+PUD
/GF/Epoxy

0

0.05

0.1

0.15

0.2

0.25

0.3

0.35
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kn
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s (
um
)

 

Figure.2 Treatment thickness comparison between 
solo and hybrid interphase 

  4.3 Tensile Property 

    Typical tensile stress-strain (S-S) plotting curves 
of virgin, solo treated and hybrid interphase 
composites were gathered and illustrated in the Fig.3 
a & b. It was clearly to found that after various solo 
silane and PUD sizing for virgin glass fiber woven 
fabric, not only the strength but also the elongation 
at break has gained greater improvement to different 
extent respectively. Especially for the KBM603 
(amino-) silane treated one, treated composite 
performed the most pronounced improvement in 
strain, which can be owed to the good cohesive 
property through organic function’s chemical 
reaction with matrix resin.  

 Unlike the solo silane treated composites, the 
composite with additional PUD as hybrid interphase 
show the similar tensile stress-strain curves.  All of 
the composites after combined treatment of silane 
and PUD represented nearly the same strength and 
strain, which were also approaching to solo PUD 
treatment’s improving results. According to this 
phenomenon, it seems to show that the PU has 
amendatory effect not only for glass fiber but also 
glass fiber with silane coating. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Type Real Diameter 
(um)

Treatment 
Thickness 

um
Virgin 8.89 0

KBM403/GF/Epoxy 9.18 0.145
KBE403/GF/Epoxy 9.21 0.16
KBM603/GF/Epoxy 9.24 0.175

PUD/GF/Epoxy 9.44 0.275
KBM403+PUD/GF/Epoxy 9.4 0.255
KBE403+PUD/GF/Epoxy 9.5 0.305
KBM603+PUD/GF/Epoxy 9.28 0.195  
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Figure.3 Typical S-S curves among virgin, various 
silane coupling and PUD treated GFRP 

    According to Fig. 4 & 5, two clear histogram 
figures were illustrated for both tensile modulus and 
strength comparison among virgin and various 
sizing treated composites. Referring to the tensile 
modulus, excepting with individual improvement in 
silane treated group, both PUD and hybrid 
interphase treated composites displayed a decreasing 
trend compared with virgin GFRP. Especially, 
composite’s modulus performed more serious 
descending after hybrid treating, which was 
considered to be thicker and more flexible interphase 
region existed between glass fiber and matrix resin. 

However, it’s worthwhile to note that tensile 
strength showed desired improvement effect after 
any kind of surface treating process. In sharp 
contrast with composite’s tensile modulus 
descending trend after latter PUD surface treatment 
in hybrid interphase, their tensile strength obtained a 
further improvement with varying degrees. 
Consequently, total enhanced effect of composite’s 
tensile strength was depended on latter surface 
treatment (PUD)’s bonding with both matrix resin 
(epoxy) and former treatment (silane).  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

4.4 SEM observation of post failure samples 

      Samples’ fracture surfaces after tensile test were 
shown in Fig.6 & 7. Special concentration was 
placed on 0°direction (loading-bearing) fibers’ 
pulling out performance and fiber characterized 
morphology.  

    Comparing with the pulling-out fiber morphology 
feature in virgin GFRP, treated ones all represented 
rougher fiber surfaces and matrix resin’s adhesion 
around bundles, which can be determined as the 
strong interphase bonding. Various solo silane sizing, 
PUD treatment and their hybrid interphase were 
applied to promote physical absorption, chemical 
bonding and interfacial cohesion between 
fiber/matrix which in turn contributed the rise to 
high tensile strength. By contrast with solo silane 
treated composites, the one with hybrid interphase 
containing PUD treatment showed longer pulling-
out fiber and comparable uniform failure mode 
rather than extensive fiber pull-out occurrence in the 
view of a random fiber strand, which can be 
presumed to be homogeneous efficient stress 
transfer through enough interphase region provided 
by hybrid treatment process. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Figure.4 Tensile modulus comparison among 

virgin and various treated GFRP 
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Figure.5 Tensile strength comparison among 

virgin and various treated GFRP 

GF/KBM403/Epoxy

GF/KBE403/Epoxy

GF/KBM603/Epoxy

GF/KBM403/PUD/Epoxy

GF/KBE403/PUD/Epoxy

GF/KBM603/PUD/Epoxy

Virgin GF/Epoxy GF/PUD/Epoxy

 
Figure.6 Pulling-out fiber’s morphology comparison 

among virgin, silane, PUD and silane/PUD hybrid treated 
composites ICCM19 2768
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GF/KBM403 /Epoxy

GF/KBE403 /Epoxy

GF/KBM603 /Epoxy

GF/KBM403/PUD /Epoxy

GF/KBE403/PUD /Epoxy

GF/KBM603/PUD /Epoxy

 
Figure.7 Fiber pulling-out performances comparison 
between solo silane and hybrid treated composites in 

random strand  

 

4.5 Dynamic Mechanical Analysis (DMA) of 
composites 

  Typical storage modulus and Tan δ value results 
during DMA testing were plotted in Fig.8 & 9. 

    As shown in Fig.8 (a), compared with virgin 
glass/epoxy composite, both solo silane sizing and 
PUD treated composites manifested a pronounced 
decrement in initial storage modulus E’. In general, 
with increasing test temperature, silane treated 
composite displayed a relative gentle decreasing 
after sustaining the initial storage modulus for a long 
testing period. On the contrary, PUD coated 
composite exhibited a continuous descending trend 
from the beginning.  Regarding virgin GFRP as 
referenced standard, descending stage from solid to 
rubbery state showed an expand area and shifting 
toward lower temperature for PUD treated case, 
while silane treated group showed the reverse 
behaviors. In a word, PUD layer’s flexibility 
characteristic and silane treatment’s improved effect 
on composites’ viscoelasticity  and thermotolerance  
performance were distinguished and indicated. 

Referring to the storage modulus change behavior of 
composites containing with hybrid interphase (Fig.8 

b), a neutralized effect between solo PUD and silane 
sizing phenomenon was detected. Even if the 
descending area was still broad, yet decreasing trend 
became more gentle than solo PUD treated one 
following by a period of comparable stable initial 
storage modulus. 

 Composite sample’s Tan Delta values recorded 
during the range of testing temperature were 
collected and plotted into Fig.9 a & b as following. 
The specific temperature corresponded to Tan Delta 
peak existence was nearly the same (around 190℃) 
between virgin GF/Epoxy and silane treated groups. 
However, PUD treated one appeared one more Tan 
Delta peak at lower temperature (140℃), nearby 
which Tan Delta peaks were also found in all 
silane/PUD hybrid treated composites 
correspondingly. Additionally, one more slight Tan 
Delta peak emerged at 210℃ for all hybrid treated 
composites, which was deemed as by-product’s peak. 

 Only taking the Tan Delta peak value at 190℃ for 
comparison, it was clearly to find hybrid treated 
composites manifested the smallest value (around 
0.0) than solo treatment (around 0.08) and virgin one 
(0.13). In other words, decreased Tan Delta peak 
value by adding surface treatment especially hybrid 
one means improved/higher tensile strength storaged 
before entering rubbery state according to Tan Delta 
peak value’s defined meaning, which also agreed 
well with real static tensile test. 
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Figure.8 (a) Storage modulus summary among 

virgin and solo treated composites 
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Conclusion 

 

 In order to make sure of stress efficient transfer 
between fiber/matrix interphase, fiber surface 
treatment or optimization and matrix’s chemical 
modification are usually applied. As well known, 
microstructure of fiber surface can obtain significant 
alternation through various surface treatment/sizing, 
which also result in composite’s different interphase 
properties and “boundary effect”. In current study, 
thermosetting epoxy resin and heat cleaned glass 
woven fabric modified by solo polyurethane 
dispersion (PUD), various silane coupling solutions 
with 0.5wt% concentration and their combined 
hybrid treatment were performed as matrix and 
reinforcement respectively. Special emphasis was 
placed on distinct interfacial characteristics of 
various solo surface treatments for glass fiber and 
beneficial effect after hybrid treating process. 

 With respect to fiber surface modification, every 
treatment layer’s thickness coated on the glass fiber 
was measured correspondingly. Simultaneously, 
treated composites’ fiber-impregnation condition 
was discussed and compared with virgin one. In 
addition, mechanical properties of virgin and treated 
composites in tension were investigated following 
by their fracture surfaces’ examination with 
scanning electron microscope. To establish a 
correlation between static and dynamic mechanical 
properties and thermal performance study, a 
cooperative analysis of DMA on molecular mobility 
of matrix and interfacial adhesion property was 
carried out. Consequently, it was demonstrated that: 

 

1. Resin impregnation property was greatly 
improved with decreasing un-impregnated areas 
after silalne sizing, PUD solution and their 
hybrid interphase coating on glass fiber. 

2. In contrast with solo silane treated composite, 
final coating thickness of corresponded hybrid 
one was depended on chemical bonding between 
hybrid interphase. 

3. Comparing with virgin GFRP, solo PUD, silane 
and hybrid treated composites all displayed a 
desirable tensile strength and strain 
improvement.  It is worthwhile to indicate that 
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Figure.8 (b) Storage modulus summary among 

virgin and hybrid treated composites 

 
Figure.9 (a) Tan Delta value versus testing 

temperature among virgin and solo treated composites 

 
Figure.9 (b) Tan Delta value versus testing temperature 

among virgin and hybrid treated composites 
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total enhanced effect of hybrid treated 
composite’s tensile strength was consisted of 
latter surface treatment (PUD) ’s bonding with 
both matrix resin (epoxy) and former treatment 
(silane). 

4. Comparing with the pulling-out fiber 
morphology feature in virgin GFRP, treated 
ones all represented rougher fiber surfaces and 
matrix resin’s adhesion around bundles, which 
can be determined as the strong interphase 
bonding and contribute a rise for strength in turn. 

5. Based on measured viscoelasticity characteristic 
by DMA, compared with virgin glass/epoxy 
composite, both solo silane sizing and PUD 
treated composites manifested a pronounced 
decrement in initial storage modulus E’.  
Furthermore, PUD layer’s flexibility 
characteristic and silane treatment’s improved 
effect on composites’ viscoelasticity  and 
thermotolerance  performance were indicated by 
the range and shift direction of descending stage 
from solid to rubbery. 
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1 Introduction  

Since the first successful exfoliation in 2004 [1], 

graphene has attracted a rapid increase in attention 

for applications in a variety of fields, including 

graphene-reinforced nanocomposites [2, 3, 4] and 

graphene-based actuators [5, 6]. Its derivative- 

graphene oxide (GO) is also playing an increasingly 

important role, for its excellent properties and 

relative low cost in large scale production [7].
 
The 

surface oxygen functional groups such as epoxide, 

hydroxyl and carbonyl groups [3], make GO 

hydrophilic to be dispersed homogeneously in water 

and water-soluble polymers, such as poly(vinyl 

alcohol) (PVA) [8, 9, 10, 11]. Besides, the interfacial 

adhesion will probably increase due to the bonds 

formed between the GO layers and PVA molecules. 

However, considering the inferior mechanical 

properties of GO [12], a balance between the 

inherent mechanical properties of the reinforcement 

and the strength of the interface between the 

polymer and the graphene-based reinforcement [13], 

is in demand. 

Raman spectroscopy has been used widely to follow 

stress transfer between the matrix and reinforcement.  

Generally, the shift rate of the Raman band is 

proportional to the stress or strain in the 

reinforcement due to changes in bond length [14]. 

As the bond elongates, on the macro-scale 

equivalent to tensile strain, the Raman wavenumber 

generally undergoes a red-shift, while blue-shift 

when unloading [15]. So far both the G band and 2D 

band [16] have been used to follow the strain in 

carbon reinforcement (including carbon fibres [17], 

carbon nanotubes [18] and exfoliated graphene [19] 

etc.), thus providing an insight into the deformation 

micromechanics.  

In terms of GO based materials, in order to 

overcome the difficulties on monitoring the weak 2D 

band [20], and the complex G band [21] with a 

weaker D’ band incorporated, an investigation has 

been undertaken upon using the shift of the Raman 

D band instead to follow interfacial stress transfer in 

GO/PVA nanocomposites using Raman 

spectroscopy. It will be shown that significant shifts 

of the D band are found during the deformation of 

GO/PVA nanocomposites that enables the 

mechanics of deformation to be studied in detail. 

2 Experimental Section 

2.1 Materials 

The PVA (Mw~89000-98000, 99+% hydrolyzed) 

was purchased from Sigma Aldrich and used as 

received. The graphite (Grade 2369) was supplied 

by Graphexel Ltd. All other reagents were of 

analytical grade and used without further 

purification. 

2.2 Graphene Oxide Preparation 

The GO was prepared using the modified Hummers 

method [22, 23]. Briefly, 3 g of graphite was added 

to 70 ml of concentrated sulfuric acid while stirring 

at room temperature. The mixture system was then 

cooled to 0 C when 1.5 g sodium nitrate was added. 

While stirring, 9 g of potassium permanganate was 

added slowly, to avoid a rapid temperature rise. The 

mixture was then placed into a 40 C water bath for 

0.5 h, followed by the addition of 140 ml of water 

and it was stirred for another 15 min. An additional 

20 ml of 6 % w/v H2O2 and 500 ml water were 

added subsequently after which the color of the 

mixture turned from brown to yellow. The mixture 

was then repeatedly washed with 250 ml of 1:10 

HCl aqueous solution and centrifuged 3 times. 

Following this, the mixture was repeatedly washed 

with water and centrifuged until the pH was 

approximately 7. Finally, the GO was dispersed in 

water to make an aqueous suspension for later use. 

2.3 GO/PVA Nanocomposites Preparation 

The PVA powder was dissolved in water at 90 C to 

give a 10 wt% PVA aqueous solution. The GO 

suspension and PVA solution were then mixed to 

form a series of dispersions with GO concentrations 
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of 1 wt%, 2 wt%, 3 wt% and 5 wt%. Neat PVA 

solution was used as a comparison. These solutions 

were placed into a 120 W sonication bath for 30 min 

to obtain homogenous dispersions. They were then 

allowed to stand overnight to fully remove any 

bubbles. For mechanical testing, the dispersions 

were cast into glass Petri dishes at room temperature 

for film formation. For the Raman deformation 

studies, the dispersions were cast onto PMMA 

beams. In both cases the nanocomposites formed 

were allowed to dry under ambient conditions for 1 

week to ensure complete evaporation of the aqueous 

component. 

2.4 Atomic Force Microscopy (AFM) 

AFM images were taken out using CP-II system 

(Veeco) with a tapping mode. Samples were 

prepared by depositing GO solution onto a clean Si 

substrate and allowing them to dry in air.  

2.5 Scanning Electron Microscopy (SEM) 

SEM images were obtained using EVO60 VPSEM 

(Zeiss). Samples were fractured by hand at room 

temperature and fixed vertically with the fracture 

surface towards the electron gun. The surfaces were 

coated with gold before analysis.  

2.6 X-ray Diffraction (XRD) 

XRD was carried out on the nanocomposite films 

using an X’Pert DY609 X-Ray diffractometer 

(Philips) with a Cu Kα radiation source (λ = 

1.542Å). 

2.7 Mechanical Testing 

The tensile properties of the neat PVA and GO/PVA 

nanocomposites with different loadings were 

evaluated using an Instron-1122 universal testing 

machine. The film samples were cut into dumbbell 

shape with a gauge length of 15 mm, a width of 3.96 

mm and a thickness of around 0.075 mm. Before 

testing the samples were left in a climate-controlled 

laboratory for 24 h at a temperature of 23.0 ± 0.1C 

and a relative humidity of 50 ± 5%. The specimens 

were deformed at a loading rate of 1 mm/min and 

between 4 and 6 specimens of each of the 

nanocomposites compositions were tested. 

The dynamic mechanical properties were also 

evaluated using a DMA Q800 (TA Instruments). 

Specimens with a thickness of around 0.075 mm 

were heated from -10 C to 120 C at a rate of 3 

C/min and deformed using a frequency of 1 Hz and 

a static force of 0.005 N. Data were averaged from 

2-3 specimens for each nanocomposite composition. 

The GO loading was converted from mass fraction 

wg (wt%) to volume fraction vg (vol%) using the 

following expression [11]. 

gp

p

)1( 



ww

w
v


                       (1)                                   

Here, ρp and ρg represent the density of PVA and 

GO, which were 1.3 g/cm
-3

 and 2.2 g/cm
-3

, 

respectively [2, 9, 24]. As a result, the mass fractions 

of 1, 2, 3 and 5 wt% GO/PVA are equivalent to 

volume fractions of 0.6, 1.2, 1.8 and 3.0 vol%, 

respectively.  

2.8 Raman Spectroscopy 

In situ Raman deformation analysis of the 

nanocomposites was conducted using a Renishaw 

2000 Raman spectrometer system with a HeNe laser 

(633 nm excitation). The PMMA beams with 

GO/PVA films on their surface were deformed in a 

four-point bending rig placed on the Raman 

microscope stage. A resistance strain gauge was 

bonded to the specimen surface using cyanoacrylate 

adhesive to measure the surface strain. The beam 

was deformed stepwise and Raman spectra were 

collected from the central area of nanocomposite at 

each strain level. The polarization of the incident 

laser parallel to the tensile direction, and the laser 

beam focused to a spot of around 2 μm diameter 

[25].
 

3 Result and Discussion 

3.1 Characterization on GO Flakes 

As can be seen in Fig.1, the GO prepared is large, 

clean and uniform, with the lateral dimensions up to 

~10 μm. The thickness around the order of 1 nm 

thick demonstrates that after oxidation, the flakes 

have been fully exfoliated to monolayer. 

3.2 Microstructure of GO and GO/PVA Films 

The microstructure of the GO/PVA nanocomposites 

films with different GO loadings was examined 

using a combination of XRD and SEM. XRD 

patterns for the GO and all the nanocomposite 

compositions are shown in Fig.2. The characteristic 

XRD diffraction peak for the pure GO at 2 = 10.5, 

corresponding to a d-spacing of 0.84 nm, is absent in 

the nanocomposites, indicating the GO flakes was 

fully exfoliated in the composite [26]. The similar 

XRD patterns of all the GO/PVA nanocomposites 

films to that of neat PVA, with a peak at 2 = 19.6 

with similar shape indicate the degree of crystallinity 
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and size of PVA crystals was not changed 

significantly by the incorporation of the GO [27]. 

Fig.3 shows an SEM image of a room temperature 

fracture surface of a 5 wt% GO/PVA nanocomposite 

film with clear a layered structure. Polarized Raman 

spectroscopy was also used to confirm the in-plane 

orientation of the GO sheets in nanocomposites [28].  

3.3 Mechanical Properties of GO/PVA Films 

The mechanical properties of the materials were 

studied by tensile testing. Typical stress-strain 

curves for the different nanocomposites and pure 

PVA are shown in Fig.4(a). It can be seen that the 

Young’s modulus and yield stress of the 

nanocomposites increases as the GO loading 

increases, whereas the elongation to failure 

decreases. This behavior is typical of that found in 

previous investigations on similar systems [11].  

The variation of the storage modulus of the 

nanocomposites with temperature is shown in 

Fig.4(b). It can be seen that storage modulus at all 

temperatures has been enhanced by the addition of 

the GO. Table 1 gives the values of the storage 

modulus for each composition at 20 C. As the GO 

loading increase from 0 wt% to 5 wt%, the average 

storage modulus at 20 C increases from 4.4 GPa to 

6.5 GPa.  

It is instructive to compare this behavior with that 

expected from theoretical considerations. The 

mechanics of the graphene reinforced polymers has 

been reviewed recently [4]. The simplest approach 

to use is the rule of mixtures that provides an upper 

bound for the Young’s modulus of a graphene-based 

composite Ec [29], as 

                    Ec = VgEg + (1 – Vg)Em                    (2) 

where Eg, Em and Vg  are the effective GO modulus, 

matrix modulus and volume fraction of GO, 

respectively, in the situation where both the matrix 

and the reinforcement were strained uniformly [29]. 

This is the situation, for example, in the case of long 

aligned fibres in a matrix, for which the in-plane 

aligned GO layers in our GO/PVA composites are a 

2D analogy. Based on this, as shown in Table 1, the 

effective modulus of the GO in the nanocomposite 

films can be calculated using Eq.(2), which falls 

from around 121 GPa for 1 wt% loading to 74 at 5 

wt% loading. 

 

 

3.4 Raman Band Shifts 

Raman spectra were obtained from the middle of the 

nanocomposite films on the PMMA beams and a 

typical Raman spectrum of the 1 wt% GO/PVA 

nanocomposite is shown in Fig.5. It can be seen that 

although the loading of the GO in the 

nanocomposite is only 1 wt% (0.6 vol %) the Raman 

bands of the GO dominate the spectrum of the 

nanocomposite.  

The G band around 1600 cm
-1

 corresponds to the E2g 

phonon at the Brillouin zone (BZ) centre ( point) 

[30]. The D band, which has a peak position at  

around 1335 cm
-1

, is usually assigned to the K point 

phonons of A1g symmetry, and is associated with the 

presence of defects [31]. Similar to those reported 

[32], the spectra of the GO nanocomposite are quite 

different from the spectrum of pristine graphene 

[33], which has one sharp G band, 2D band and no 

D band. The broad G and D bands, and a D band 

which is of higher intensity than the G band are 

thought to be due to the presence of sp
3
 carbon as a 

result of the amorphization of the graphite during the 

oxidation process [32].  

It is well established that Raman spectroscopy can 

be used to follow interfacial stress transfer in a wide 

range of different carbon-based systems [14, 15, 16, 

17, 18, 19], giving unprecedented insight into the 

micromechanics of deformation. Most of the studies 

have been undertaken using shifts of either the G or 

2D bands with some about the D band undergoing 

stress-induced shifts in graphene [15] and there is 

one report of stress-induced shifts of the Raman G 

band during the deformation of impregnated GO 

paper [21]. Apart from graphene-reinforced model 

nanocomposite [19, 34, 35], to our knowledge, 

Raman spectroscopy has not yet been used for the 

analysis of deformation micromechanics in GO-

based nanocomposites.  

In this present study Raman spectra were obtained 

from the GO nanocomposites with the laser beam 

perpendicular to the sample film. It was difficult to 

detect any well-defined band shifts for the G band, 

for it is known [21] to consist of at least two 

components and the overall shape of the band is 

asymmetric. Fig.6 shows the D band for the 5 wt% 

GO/PVA nanocomposite before and after tensile 

deformation to 0.4% strain and it can be seen that 

there is a significant strain-induced downshift of the 

band. Strain modifies the crystal phonons in 

graphene, with tensile strain resulting in mode 

softening [15, 16]. Thus the downshift of the D band 

ICCM19 2774



can be understood in terms of the elongation of the 

C-C bonds. 

It should be noted that exposure of the 

nanocomposites to the Raman laser beam, especially 

at high power levels could also result in the shifts of 

these bands, presumably due to degradation of the 

unstable GO material in the laser beam. To avoid 

any problems with potential beam damage, the result 

in this study were all obtained at low laser power, 

and were found to be reversible and repeatable. 

Fig.7 shows the shift of the D band for the 5 wt% 

GO/PVA nanocomposite and it can be seen that 

there is an approximate linear shift of the D band 

with strain that is reversibly upon unloading. For 

each composition of the nanocomposites the Raman 

D bands shift approximately linearly to a lower 

wavenumber as the strain increases indicating good 

interfacial stress transfer between the GO and PVA 

matrix with no obvious slippage [19]. 

At least two tests were repeated for each 

composition and the average shift rate are shown in 

Table 2. It can be seen that the shift rate is 

approximately linear with strain and falls slightly 

with GO loading with an average value of around -8 

cm
-1

/% strain.  

It is well established that for carbon-based systems 

the Raman band shift rate can be used to estimate 

both the efficiency of stress transfer and the 

effective Young’s modulus of the reinforcement, for 

both the 2D and G bands [18, 36]. In order to 

associate this to the shift of the D band in this study 

it is necessary to introduce the Grüneisen parameter, 

γ. This is a measure of how the phonon frequency is 

altered under a small change in the volume of the 

crystallographic unit cell [37].
 
In our case, with 

exfoliated GO layers, only the changes in the 

longitude and traverse directions during deformation 

need to be considered. Thus, the simplified 

Grüneisen parameter γ, defined as [15, 38]
  

                 

h

h

0

1











                             (3)                            

can be employed. The parameter εh=εll+εtt is the 

hydrostatic component of the applied strain, in 

which l and t refer to the directions parallel and 

perpendicular to the applied strain. The parameters 

ω0 and ωh, correspond to the phonon frequency at 

zero strain and the applied strain, respectively [36]. 

This relationship can be used to estimate the band 

shift as a function of applied strain for GO, from 

knowledge of the behavior of graphene.  

In the literature [15, 38, 39], it is found that the 

measured value of the Grüneisen parameter for 

graphene varies as a result of the interaction of 

graphene and the substrate [30]. We have therefore 

chosen the theoretical value γ = 2.7 [15, 38] for free-

hanging graphene. Thus the total shift per unit strain 

for the D band of graphene is calculated to be 

around -30 cm
-1

/% strain which is approximately 

half the value of -60 cm
-1

/% strain found 

experimentally for the 2D band [15]. 

It is well established that the rate of Raman band 

shift per unit strain for different forms of graphitic 

carbon can be related to the effective Young’s 

modulus of the material. Since graphene with a 

modulus of 1050 GPa [40] has a D band shift rate of 

-30 cm
-1

/% strain [38], it is possible to determine the 

effective modulus of the GO in the nanocomposites 

from the D band shift data listed in Table 2 using the 

following expression 

GPa
84.0

34.0

30

1050

d

d
ModulusGO Effective D 






     (4) 

where dD/d is the measured shift rate of the D 

band and the term 0.34/0.84 accounts for the higher 

thickness of the GO (Fig.2) compared to that of 

monolayer graphene (0.34 nm). The values of 

effective Young’s modulus of the GO in the 

nanocomposite are listed in Table 2. It can be seen 

that the values are all in the range 106 - 125 GPa and 

similar to the effective Young’s modulus determined 

from the storage modulus data at low GO loading.   

3.5 Mechanics of Deformation 

It is instructive to see how these values of Young’s 

modulus in a composite compare with those 

determined directly for GO so that the effective level 

of reinforcement can be evaluated. Gomez-Navarro, 

Burghard and Kern [41] investigated the elastic 

deformation of chemically-reduced GO monolayer 

using an AFM indentation technique on a suspended 

film of material similar to that employed in an 

earlier study of exfoliated graphene [40]. A Young’s 

modulus of 250 ± 150 GPa was determined, with a 

decreasing value with three or more layers. Suk et 

a.l [12] undertook a similar study of the AFM 

indentation of GO and measured a Young’s modulus 

of 208 ± 23 GPa when they assumed an effective 

thickness of 0.7 nm for the GO. 

A theoretical study was undertaken by Paci, 

Belytschko, and Schatz [42] to compare the stress-

strain behaviour of graphene and graphene oxide 

containing both epoxide and hydroxyl groups and 

ICCM19 2775



 

5  

INTERFACIAL STRESS TRANSFER IN GRAPHENE OXIDE NANOCOMPOSITES   

they predicted a modulus of >1000 GPa for the 

pristine graphene. They simulated the structural 

modification to form GO and found that it led to a 

prediction of it having a modulus of only 750 GPa, 

for a sheet with the same thickness as a graphene 

monolayer ( 0.34 nm). In our study, the thickness 

of the GO as determined by XRD was 0.84 nm 

which is almost 2.5 times than that of monolayer 

graphene (0.34 nm). This will lead to a further 

reduction in the effective modulus of GO from 750 

GPa down to 300 GPa, a result still higher than, but 

closer to, the measured one [41].
 

The Raman band shift data give an independent 

estimate of the effective Young’s modulus of the 

GO in the nanocomposites as shown in Table 2. The 

value determined in this present study is around 120 

GPa and is similar to that derived from the 

mechanical data in Table 1. Fig.8 shows a schematic 

illustration of the factors that may lead to this 

discrepancy with the values determined from the 

direct measurements [12, 41]. Fig.8(a) shows the 

situation for perfectly-aligned GO flakes of finite 

length. In this case, the rule of mixtures should be 

obeyed with the strain in the GO being equal to the 

strain in the matrix. Because of the finite length of 

the flakes (≤ 10 µm) this will only be the case in the 

middle of the flakes and the strain will decrease at 

the edges due to ‘shear lag effects’ as has been 

shown for exfoliated monolayer graphene [34]. The 

magnitude of this effect will depend upon the 

strength of the GO-PVA interface, which although 

being probably stronger than in the case of graphene, 

at this stage is unknown. In any case it will lead to 

the effective modulus of the GO in the 

nanocomposites being lower than that measured 

directly. Another factor that will lead to a lower 

effective modulus of the GO is misalignment of the 

flakes either through waviness (Fig.8(b)) or off-axis 

alignment (Fig.8(c)). Using the analogy of off-axis 

fibres in a composite [43],
 
the axial strain in the 

flake will vary as cos
2x - sin

2x, where in this case 

x is the angle between the plane of the flake and the 

y-axis, and  is the Poisson’s ratio of the matrix. 

Any misorientation will lead to a proportionate 

reduction in the effective modulus of the GO 

determined either from the storage modulus or 

through Raman Band shifts. Aggregation of the GO 

will further reduce its effective modulus and its 

decrease with GO loading seen in Tables 1&2 may 

be a reflection of more aggregation occurring as the 

wt% of GO increases.  

 

4 Conclusions 

A new insight has been obtained into the 

reinforcement of poly(vinyl alcohol) by GO through 

the use of Raman spectroscopy. It has been shown 

that there is a preferred orientation of GO flakes in 

the plane of the nanocomposite film. It has also been 

demonstrated that it is possible to follow stress 

transfer from the PVA matrix to the GO 

reinforcement from stress-induced shifts of the 

Raman D band. Moreover, it has been shown that it 

is possible to use the Grüneisen parameter to 

estimate the effective Young’s modulus of the GO in 

the nanocomposites from the rate of shift of the D 

band per unit strain to be around 120 GPa. It is 

further shown that the effective modulus determined 

by this method is similar to that obtained using the 

measured storage modulus and the simple rule of 

mixtures. In both cases the effective Young’s 

modulus of the GO is found to decrease as the wt% 

of GO increases and this has been shown to be 

consistent with a decrease in the degree of alignment 

of the GO and aggregation effects. It is clear that the 

technique of using the Raman D-band to follow the 

deformation of GO in nanocomposites that has been 

developed in this study will have important 

implications in the future for the analysis GO based 

nanocomposites.  

 

 
Fig.1. AFM image of the GO flakes. 
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Fig.2. XRD patterns of GO, neat PVA and GO/PVA 

nanocomposites with different GO loadings. 
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Fig.3. SEM image of the layered microstructure of 

the 5 wt% GO/PVA nanocomposite. 
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Fig.4. Mechanical properties of the neat PVA and 

GO/PVA nanocomposites with different GO 

loadings. (a) Stress-strain curves at 23 C and (b) 

Storage modulus as a function of temperature. 

 
Fig.5. Raman spectrum of neat PVA, neat GO and a 

1 wt% GO/PVA nanocomposite. 
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Fig.6. D band of 5 wt% GO/PVA nanocomposite 

before and after tensile deformation. 
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GO/PVA nanocomposite, for loading to 1% strain 

followed by unloading. 
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Fig.8. Illustrations of several possible alignments 

of GO in the PVA matrix (a) Perfect alignment (b) 

Wrinkles (c) Misorientation. The solid lines 

represent side views of GO flakes.  

 

Table 1. Storage modulus of the GO nanocomposites 

at 20 C and effective GO modulus determined 

using the rule of mixtures.  

Samples 

Storage 

modulus 

(GPa) 

Effective GO 

modulus, Eeff 

(GPa) 

Neat PVA 4.4 ± 0.7 - 

1wt% GO/PVA 5.1 ± 0.9 121 ± 21 

2wt% GO/PVA 5.7 ± 0.4 113 ± 8 

3wt% GO/PVA 6.1 ± 0.1 99 ± 2 

5wt% GO/PVA 6.5 ± 0.7 74 ± 8 

 

Table 2. Average Raman D band shift rates for the 

different nanocomposite compositions and values of 

effective modulus determined using Eq.(4). 

Samples 

Average D 

band shift 

rate  

(cm
-1

/%) 

Effective GO 

modulus 

(GPa) 

1wt% GO/PVA -8.8 ± 0.1 125 ± 2 

2wt% GO/PVA -8.3 ± 1.4 118 ± 19 

3wt% GO/PVA -8.3 ± 1.5 118 ± 21 

5wt% GO/PVA -7.5 ± 0.4 106 ± 6 
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1 Introduction 

In aircraft industry bolts – made of steel or titanium 
– are widely used in order to join CFRP structures. 
They are removable and permit to gain access to the 
interior of the structure for inspection or repair 
purposes.  
However, the holes in the structural components 
lead to a stress concentration and the large number 
of fasteners results in a weight penalty. Additionally 
the difference in the electrical potential conductivity 
between the composite laminate and the metallic 
bolts results in a problem of galvanic corrosion [1, 
2]. In order to overcome weight and corrosion 
problems of the metal fasteners, the idea of using 
fasteners made of composite materials arose.  
In the literature only little information can be found 
on this type of fasteners. R. Starikov and J. Schön 
studied the quasi static and fatigue behaviour of 
titanium and composite fasteners [2, 3]. They found 
that titanium fasteners perform better than CFRP 
quasi-statically, but they lose their strength much 
faster under fatigue: at 106 cycles, composite and 
titanium fasteners fail at the same maximum stress 
level.  
Reworked designs and production process of the 
CFRP fasteners in the recent years, suggest that the 
composite fastener has improved [10]. This leads to 
a much wider field of application. Therefore a 
deeper understanding of the failure mechanisms in 
static and fatigue loading is essential. Detailed 
investigations on composite bolted joints, describe 
their failure processes in response to several key 
features such as clamping force, coefficient of 
friction, clearance/fitting tolerance, joint geometric 
details and laminate lay-up [4, 6, 7]. In addition, 
secondary bending in a single lap joint and bending 
of the bolt create a non-uniform contact stress 

distribution between the bolt and the hole edge. This 
results in a shear and tension force on the bolts [1, 2, 
7, 8 and 9].  
For composite bolted joints four basic failure modes 
can be observed: net-section failure, bearing, shear 
out and bolt failure.  
The literature overview has shown that the failure 
process for composite bolted joints with steel or 
titanium fastener system is described in detail [2-9].  
Based on these research results quasi-static test with 
single lap shear specimens are performed to describe 
the failure mechanisms of the CFRP-fasteners in 
detail. 
 

2 Experimental methods 

2.1 Materials and Geometry 

Single lap shear (SLS), based on ASTM D 7248, are 
performed using one or two bolts [11].  
The composite plates are manufactured from carbon 
fibre/epoxy material system (T800S-M21) with 
quasi-isotropic layup [45/90/-45/0]2S. The nominal 
ply thickness is 0.19 mm. The thickness of the 
CFRP-laminate is h = 3.04 mm. The geometries for 
the two specimen configurations follow the ASTM 
D 7248 (Fig. 1). The dimensions of the specimens 
are related to the diameter d of the bolt. For the 
experiments the nominal shank diameter is d = 4.8 
mm. The width of the test specimens is set to w = 30 
mm.  
Jaws clamp the test specimen at its ends and apply 
the tensile load. Taps ensure an optimal load 
transmission into the specimens from the clamping 
system. A doubler to each grip avoids eccentric 
loading. The holes in the test specimens are drilled 
with countersink drillers from the company Klenk. 
A patented fibre cracker on the drilling tool and 
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distinct drilling parameters are taken, to minimize 
delamination, chip-out fibres and degradation of 
matrix due to overheating in the bore edge [1]. 
 

 
(a) 

 
(b) 
Fig. 1: Specimen geometry for (a) one bolt or (b) 
two bolts, all dimensions are in millimetre [mm].  
 
In this work two fastener-systems are tested: 

 Titanium-bolt (Ti-6Al-4V) and steel-nut 
(302HQ) aerospace series with countersunk 
head,  shank diameter d = 4.8 mm 

 CFRP-bolt (IM7/Peek) with countersunk 
head, shank diameter d = 4.8 mm, 
manufactured in close collaboration with the 
Swiss company IcoTec (Fig. 2) 

 
Fig. 2: Sketch of the CFRP-bolt with d = 4.8 mm  
 
Each specimen is mounted either with one or two 
fasteners. The torque applied to the fasteners was 
chosen to 5 Nm for these experimental batches. 

2.2 Testing procedure 

The specimens were loaded in tension using a Zwick 
Roller Z100 testing machine at a constant cross-head 
speed of 1mm/min. All experiments were performed 
at room temperature (≈22°C) and ambient relative 
humidity. 
During the tensile test the global elongation of the 
specimens, the bending and the elongation of the 
bolts are plotted.  
In order to characterize the failure process of the 
CFRP-bolt, acoustic emission (AE) is recorded.  R. 
Gutkin et al. point out that peaks in the AE curve of 
a CFRP-laminate under load correspond to the 
occurrence of damage [7]. Consequently, tests are 
stopped and scans of the microstructure are analysed 
for each peak in order to characterize the evolution 
of the failure process until breaking. 
 

2.3 Experimental measurement set-up 

To monitor the SLS tension tests a number of 
different measuring systems is in use. The global 
elongation of the specimen is measured with a 
Multisence extensometer (Zwick Roller). The initial 
gage length is given with l0 = 80 mm. 
For all the experiments, a high resolution camera 
monitors the plate and bolt movement. A Matlab 
script evaluates the angle change of a plate with 
respect to the other, as well as the bolt angle relative 
to its starting position.    
For the specimen with two fasteners two strain 
gauges with 6 mm gauge length, placed on the bolts 
and between the bore holes, measure the strain 
distribution and the load transfer between the two 
bolts. The strain gauges (Typ CEA-06240UZ-120) 
from the company Vishay were glued on each side 
of the joint, as shown in Fig. 3. 
To detect the AE-signals a simple set-up is used 
consisting of a microphone BelCat EGT-300 that is 
placed on the head of the bolt, as shown in Fig. 3. 
The sensor operates at 44.1 kHz. The detected signal 
is amplified by 20 dB and recorded via a PC with a 
32 bit Soundcard. The AE investigation relies on the 
principle that events of certain failure modes create a 
defined acoustic event or acoustic signal.  
Furth more an extensometer from the company 
Sander monitors the elongation of the bolt during a 
quasistatic tension test of the SLS-specimens. The 
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extensometer is placed on small metallic index arms 
which are glued according to Fig. 3 to a bolt.  
 

 
Fig. 3: Specimen geometry for (a) one bolt or (b) 
two bolts with possible measurement setups of the 
SLS-specimens with strain gauges, AE-setup and 
extensometer  
 
For a further inspection of the failure modes light 
microscopy scans are performed. For this purpose 
the cross-section of the in tension loaded SLS 
specimens are polished.  
 

3 Results and Discussion 

Quasi-static tensile tests of SLS-specimens with 
either titanium or CFRP fastener are performed. 
Each test can be plotted in Bearing Stress/Bearing 
Strain diagrams. The bearing stress is calculated by 
the quotient of the normalized applied load divided 
by the diameter multiplied with the thickness of the 
plate. Whereas the bearing strain is the normalized 
hole deformation of the specimen, which is equal to 
the deformation of the bearing hole in direction of 
the loading divided by the diameter of the hole. 

Comparing the results of SLS-Tests with joints by 
titanium fasteners and CFRP-fasteners, it is seen that 
titanium fasteners bear nearly twice the load than the 
new designed CFRP-fasteners (Fig. 4). Also the 
slope of the bearing stress/strain curves indicates 
that the bearing chord stiffness Ebr for the specimens 
with CFRP-bolts is 2/3 from the specimens with Ti-
bolts. Final failure was considered when the 
specimen couldn’t withstand any further load. The 
final failure of each specimen was due to failure of 
the bolt, independent of the bolt material. In 
comparison the CFRP-bolt fails at lower 
deformations of the total specimen. The bearing 
strain εbr of a specimen mounted with CFRP-
fasteners is half of the achievable bearing strain for 
the joints with Ti-bolts. 
 

 
Fig. 4: Comparison of SLS-specimens with a quasi-
isotropic layup with either two Ti-bolts or two 
CFRP-bolts in a Bearing Stress - Bearing Strain 
diagram  
 
The obtained images of the performed quasi-static 
SLS-tests for specimens with either one or two 
CFRP-bolts are displayed in Fig 5. The picture (a) 
and (d) are the starting positions for the two 
specimen configurations respectively. In Fig. 5 (b) 
the maximum attainable relative angle between the 
two specimen plates for on CFRP-fastener is shown. 
The left laminate plate, which induces the force of 
the top clamps into the joint, is marked with the blue 
line. An investigation of the pictures, show no 
detectable change of the plate angle with the used 
camera resolution. Fig. 5 (c) shows the maximum 
angle of the CFRP-bolt due to the induced forces. 
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For the specimen configurations with two CFRP 
countersunk fasteners the maximum plate and bolt 
angle are shown the Fig 5. (e) and (f). Here a closer 
look is taken on the lower part of the specimen. The 
picture (e) displays the maximum angle between the 
laminate plates at the lower part of the specimen.  
 

 
Fig. 5: Monitored plate angle and bolt angle for a 
SLS-test with one and two CFRP-bolts: (a) starting 
position, (b) maximum plate angle, (c) maximum 
bolt angle, (d) starting position, (e) maximum plate 
angle, (f) maximum bolt angle 
 
Plotting the calculate bolt and plate angles for a 
SLS-test against the bearing strain, the diagrams in 
Fig. 6 for a test-specimen with one and in Fig. 7 for 
two CFRP-fasteners are obtained.  
In both diagrams a nearly static increase for either 
the bolt angle or the laminate plate angle can be 
detected. For both specimen configurations the 
maximum plotted angle corresponds to a bearing 
strain of 10%. At this point the bolts failed due to a 
shear failure of the countersunk head of the CFRP-
bolts.  
The maximum plate angle for a specimen with one 
fastener is by more than 1° higher than for a test 
specimen with two CFRP-bolts (Fig. 6 and Fig. 7) 
 

 
Fig. 6: Bearing Stress/Strain curve for a SLS-
specimen with one countersunk CFRP-bolt including 
the bolt and laminate angle  
 

 
Fig. 7: Bearing Stress/Strain curve for a SLS-
specimen with two countersunk CFRP-bolt 
including the bolt and laminate angle  
 
Differences in the angle change of the bolts for 
either one CFRP-fastener (Fig. 6) or two CFRP-
fasteners (Fig. 7) differ not as much. The angle of 
the bolts in load direction is for a specimen with two 
fasteners only 0.5° smaller than for specimens with 
one fastener. These results show that for specimens 
with two fasteners an interaction between two 
CFRP-bolts has to take place. 
In order to monitor the interaction between the two 
CFRP-bolts during a quasi-static SLS-test, the strain 
between the two bolts is measured (Fig. 8).    
 

ICCM19 2784



 

5  

INVESTIGATION ON THE FAILURE MECHANISMS OF 
COMPOSITES FASTENERS WITH COUNTERSUNKHEAD IN 

QUASISTAIC AN FATIGUE LOADING 

 
Fig. 8: Bearing stress/strain curve including the 
strain measured between the bolts 
 
Fig. 8 puts forward the increase of strain between 
the two fasteners at the beginning of the SLS test. In 
progress of the experiment the strain reached a 
maximum, than decreases to zero. The decline of the 
strain starts close to 10% of bearing strain, where the 
countersunk heads of the CFRP-bolts start to shear 
of. 
 
To gain more information about the reaction forces 
in the bolt due to the loading process, the strain of 
the bolt during a SLS-test is measured. The bolt 
strain is plotted against the bearing strain of the 
SLS-Specimen (Fig. 9).  
 

 
Fig. 9: Bearing stress and bolt strain plotted against 
the bearing strain for a SLS-Specimen with 2 
countersunk CFRP-bolts  
 
The strain of the fastener is calculated by the 
deformation of the bolt, divided by the initial length 
of the bolt after the mounting process. The initial 

length for the measured bolt elongation in Fig. 9 was 
determined with l0 = 22.05 mm. 
Fig. 9 exemplifies the bolt strain during one quasi-
static SLS-test. It can be observed that during the 
beginning of the experiment no elongation of the 
bolt can be detected. After the test specimen reaches 
a global bearing strain of 3 %, a rapid gain of bolt 
strain is detected. Upon further loading at a bearing 
strain of 10 % no significant elongation of the 
fastener can be detected. The maximum bolt strain is 
0.65 %.  
Comparing these results with the information for the 
bolt and plate angle and the strain measurement 
between the bolts, it can be seen that at εbr = 10% a 
shear failure in the countersunk head of the CFRP-
bolt is detected. In further SLS-tests a measurement 
of the bolt elongation was not possible above 10 % 
of bearing strain, due to the fractures in the 
countersunk head.  
 
In order to study the damage development of the 
failure process for the CFRP-bolts, fractographic 
technique is used. With the acoustic emission setup 
the important steps of the failure process are 
monitored. In Fig. 10 a typical AE-Signal pattern 
along with the bearing stress/strain curve of a SLS-
test is shown.  
 

 
Fig. 10: Bearing stress/strain curve correlated with 
the AE-signal detected while the SLS-test 
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The AE-signal is plotted with its amplitude versus 
time. A correlation of the AE-signal and the bearing 
stress/strain curve is realised with the elapsed time 
of the SLS-test. The investigations on the failure 
process of the CFRP-bolts are mainly performed 
with specimens with one fastener. So it is possible to 
focus with the AE-measurement setup on the AE-
signals of one bolt. In Fig. 10, three selected events 
help to describe the failure process of the CFRP-bolt 
most significantly. They are marked with a box. For 
each event a SLS-specimen is loaded in tension until 
the event occurs in the AE-signal. Subsequent to the 
test, microscopic scans are prepared in 0° cuts to the 
load direction through the centre of the bolts.   
Fig. 11 shows the optical microscopy image of the 
cut view for the first AE-event under investigation. 
In the enlarged image section, the middle section of 
the thread of the CFRP-bolt is shown. The tip of the 
thread (which consists mainly of matrix) is 
fractured. Damages to the bolt and nut itself due to 
the mounting process can be excluded. Cut views in 
the cross-section taken after assembly of the SLS-
specimen show no such failure mechanisms. 
 

 
Fig. 11: Optical microscopy cut view of the thread 
from a CFRP-bolt for the first investigated AE-event 

 
Fig. 12: Optical microscopy cut view of the CFRP-
bolt for the second investigated AE-event 
 
Fig. 12 displays the next step in the failure process 
for the CFRP-bolts is displayed in Fig. 12. Here a 
damage of the CFRP-bolt in the contact area of the 
two laminate-plates can be observed. Fibre fractures 
occur in regions where fibres run perpendicular to 
the load direction. The contact area is marked in Fig. 
12 with a dashed line. A damage of the laminate-
plates cannot be detected. Furthermore the 
countersunk head is complete intact. 
 
Fig. 13 and Fig 14 show the optical microscopy scan 
of the final failure state for a CFRP-fastener 
mounted in the laminate plates. During the SLS-test 
the two laminate plates induce shear and tension 
force into the bolt. For the failure of the CFRP-bolt 
three different failure modes can be observed. First 
inter fibre failures occur in the contact area with the 
laminate-plates (Fig. 14 (I)), then the countersunk 
head of the bolt starts to shear of (see Fig. 14 (II)). 
At last, starting from the tooth flank after the first 
pitch, inter fibre fractures can be observed as a third 
failure mode (see Fig. 14 (III)). The development of 
the crack corresponds to the results observed during 
a tension test performed to determine the material 
properties of the CFRP-bolt.   
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The finale failure of the bolt is due to fibre fracture 
in the plane of the contact area of the two laminate-
plates.  
The main failure modes of the laminate plates can be 
seen in the Fig. 14 (I) and (II). Beside crushed fibres 
and small delaminations also chip outs at the hole 
edges of the plates are to be detected. 
Investigations for the SLS-test with specimens 
jointed with two CFRP-fasteners show the same 
failure mechanisms.  
The different failure mechanisms occur due to a 
combined load case of shear and tension on the 
CFRP-bolt. The shear forces on the bolt are 
introduced from the beginning of the test trough the 
laminate plates. In progress of a SLS-test, the 
laminate starts to bend under a certain angle. This 
results in additional tension forces on the CFRP-
fastener. Within the range of 8 to 10% of bearing 
strain the maximum load capacity of the CFRP-joint 
is reached. 

 
Fig. 13: Optical microscopy cut view of a failed 
CFRP-bolt inside a SLS-specimen  

 
Fig. 14 Optical microscopy cut view of a failed 
CFRP-bolt inside a SLS-specimen: (I) fibre failure 
in the bolt shaft, (II) shear failure of the countersunk 
head, (III) inter fibre fraction in the thread  
 

4 Conclusions 

This paper presents an investigation of the failure 
process for a SLS-test in quasi-static tensile loading. 
Based on the investigations, several conclusions can 
be summarized for the failure mechanisms of the 
CFRP-fastener as follows: 

 The Bearing Strength σbr for a SLS 
specimen with CFRP-bolt is approximately 
half of that as for a specimen with Ti-bolt.  

 The bearing chord stiffness Ebr of the 
specimens with CFRP-bolts is equal to 2/3 
of the Ebr of the specimens with Ti-bolts 
References 

 Up to a bearing strain of 10% an increase of 
the plate and bolt angle, the strain between 
the two bolts and an elongation of the bolt is 
detected.  

 Between 8 and 10% of bearing strain, the 
maximum load capacity of the CFRP-bolts 
is reached and a start of the failure process 
for the CFRP-bolt is detected. 

 During a SLS-test the first detected failures 
occurred in the thread. The failure could just 
be seen in the highly resinous areas of the 
thread. 
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 First fibre fractures and inter fibre fractures 
are observed at a bearing strain of 8% in the 
shaft of the CFRP- bolt. 

 Shear of the countersunk head and fibre 
failures perpendicular in the CFRP-bolt are 
the observed final failure mechanisms. 

 A combined load case of shear and tension 
on the CFRP-fastener lead to the finale 
failure of the SLS-specimens. 
 

Further test especially with different parameter 
configurations will be performed in quasistatic 
and fatigue loading to see their influence on the 
joint.  
In cooperation with Bishop GmbH Aeronautical 
Engineers a 3D-Model in ABAQUS is setup, to 
help understanding the behavior of the bolt in 
detail. Our aim is to develop a new design of the 
bolt which can also match with the titanium 
bolts in maximum stresses. 
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1 Introduction  

Metal matrix nanocomposites (MMNC) 
reinforced by ceramic components have broad 
application prospects in aerospace industries because 
of their excellent mechanical and physical properties 
such as, high specific stiffness, high plastic flow 
strength, creep resistance, good oxidation and 
corrosion resistance [1, 2]. Apart from their high 
strength, stiffness and wear resistance [3], MMNC 
has the ability to mitigate damage by spatial 
optimization of their properties. The most popular 
reinforcement of such composites is SiC or alumina 
particles, while the cooper, aluminum and titanium 
are usually the matrix materials. Ceramics are 
known for their brittleness, but the combination of 
ceramics into the ductile metal phase leads to 
improved mechanical properties like hardness and 
fracture toughness, especially when metal/ceramic 
composites are created in which both components 
are of nanoscale size [3], which is possible to 
significantly improve the mechanical properties of 
the materials. Understanding of the deformation and 
failure mechanisms of these nanocomposites 
materials can be of benefit to their design and 
optimization. These mechanisms are complex for the 
metal/ceramic nanocomposites, which are related to 
the distribution of the particle reinforcements, grain 
size and interfacial properties, etc [4-6].  

Ceramic particle reinforced metal matrix 
composites (MMCs) have been studied extensively 
by using experiments and finite element method 
(FEM), with the mechanical properties obtained as 
functions of the microstructure and the volume 
fraction of reinforcement [7]. Chawla et al. [8] 
observed the tensile behavior of an Al-Cu-

Mg(2080)/SiCp-T8 composites with varying volume 
fraction (Vf) of the reinforcement (at a constant 
particle size of 5 um) and varying particle size (at a 
constant volume fraction of 20%) and suggested the 
elastic modulus and tensile strength both increase 
with the Vf of the reinforcement. In addition, the 
ductility of the material decreases with the increase 
of particle size. The similar results also were 
obtained by Mummery et al. [9] and Manoharan et 
al. [10]. The elastic modulus for different fractions 
of the fractured particles for Al-3.5Cu matrix 
reinforced with SiC particles was studied by Shen et 
al. [11] and Finot et al. [12] with experiments. 
Furthermore, they used FEM to predict the elastic 
modulus of these composites, in which the particles 
were fully intact or all fractured. As expected, their 
experimental results, which were bounded in the 
predictions by FEM, implied that even when all the 
particles in the composites are fractured, the brittle 
particles contribute to stiffening and strengthening. 
Nevertheless, treating the cracked particle as a crack 
in the matrix (or a void for that matter) is not a 
reasonable assumption. Llorca et al. [13] studied the 
short-fiber reinforce composites show a distinct 
Bauschinger effect upon reversed loading under 
cyclic loading conditions. Fracture of the ceramic 
reinforcement, void nucleation, growth and 
coalescence of voids with in metallic matrix, and/or 
decohesion and crack growth along the interface 
were the main damage styles in MMCs observed by  
Llorca et al. [13, 14], Needleman et al. [15] and 
Laws et al. [16]. Thus, the optimized design of these 
materials requires a fundamental understanding of 
the links between the length scales and properties of 
these composites, which is hope to enable a 
combination of high strength and good ductility to 
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improve the failure resistance under various loading 
conditions in extreme environments (high strain 
rates, high temperature etc.). It is well realized that 
the reduction of grain size of the MMCs to 
nanoscale can improve the strength of the materials 
[6]. Thus, it can be expected that a nanocrystalline 
metallic matrix reinforced by nanoscale ceramic 
particles would result in a MMNC with high 
strength, toughness and ductility. The hypothesis can 
be tested using experiments alone, however, are 
quite difficult and expensive due to the small length 
scale and small time scale.  

The molecular dynamic (MD) simulation method 
is implemented to investigate the atomic-level 
structural information and mechanical behaviors of 
MMNC. This may be helpful in design of 
composites materials at atomic scales. The 
strengthening behaviors and the tension-
compression strength asymmetry of Al/Si 
nanocomposite as a function of volume fraction of 
the reinforcement is observed by Dangare et al. [3, 
17] at atomic scales by using MD simulations. 
Donald et al. [18] investigated the mechanisms of 
deformation and failure in Al-Si nanocomposites 
using molecular dynamics, they found the 
deformations in the Al/Si nanocomposites are 
associated with grain boundary sliding/shearing at 
the Al/Si interfaces. A MD study of Ag/Ni 
composites by Cheng et al. [19] found that 
introduction of a second phase reduces grain 
rotation-induced grain growth and leads to the 
initiation of crack along the Ag/Ni interface, thus 
decreasing the fracture strain relative to single-phase 
nanocrysatals, which is consistent with general 
expectations. Cho et al. [20] and Odegard et al. [21] 
studied that the Young’s modulus of the polymeric 
nanocomposites is enhanced as the size of 
nanoparticle decreases by assuming the inclusion 
modeled in the simulations are spherical 
nanoparticles.  

This paper focuses on the simulation of the 
deformation and failure mechanisms of the Cu/SiC 
nanocomposites, which is expected to achieve a 
fundamental understanding of the relationship 

between the length scales and the properties of these 
composites. The microstructure of the 
nanocomposite comprises of a random distribution 
of SiC reinforcement and Cu matrix nanocrystals. 
The MD simulations are aimed to investigate the 
process of atom-scale damage evolution in the 
SiC/Cu nanocomposites. Furthermore, the effects of 
volume fraction of the reinforcement SiC 
nanocrystals, the temperature and the grain size on 
the strengthening behaviors of the composites are 
also studied. The computational details are discussed 
in Sec. 2. The process of deformations of the 
MMNC is presented and discussed in Sec. 3. In 
addition, the effects of volume fraction of the 
reinforcement SiC nanocrystals, the temperature and 
the grain size on the macroscopic strengthening 
behaviors are analyzed in Sec. 4. 

 

2 Model and Method 

2.1 Geometrical Model 

The micro-structures of the MMNC are too 
complicated to be simulated directly. Here, based on 
the previous works of MMNC [5], the cubic cell 
model is used in this work. Hence, the cubic 
computational cell consisting of Voronoi type 
nanocrystals (as shown in Fig. 1) is adopted in all 
simulations, which follows the method of Derlet and 
Swygenhoven [22].  

The size of the model is 23.5 nm × 23.5 nm × 
23.5 nm, as shown in Fig. 1. The size is much larger 
than any of cut-off distance in three dimensions, thus 
the interaction of atoms with their periodic images 
are vanished. In the model, periodic boundary 
conditions are implemented in three directions. To 
study the effect of grain size, MMNC systems are 
created with an average grain size (AVS) of 6-10 nm. 
The smallest MMNC have 63 grains.   

 

2.2 Simulation Method 

In this study, the MD simulations are 
implemented in the open source programs large-
scale atomic molecular massively parallel simulator 

ICCM19 2790



 

3  

PAPER TITLE

(LAMMPS) [23]. For visualizing the evolution of 
the atomic structure, the Atomeye [24] and open 
source ovito [25] are employed. For MD simulation, 
reliable force fields are very crucial to obtain 
reasonable results. In the present model, different 
force fields are employed to reveal the interactions 
of atoms. Herein, the interactions between Si and C 
atoms are simulated using Tersoff potential [26]. 
The empirical embedded-atoms method (EAM) 
potential developed by Mishin et al. [27] is adopted 
to describe the interactions between Cu atoms. The 
Tersoff potential for Si and C atoms is a three body 
potential. The total energy of the system of SiC 
atoms is [26] 

1
{ ( )[ ( ) ( )]}

2
SiC c ij R ij ij A iji i j

E f r f r b f r


        (1) 

where the subscript R and A represent the repulsive 
and attractive components of the potential, 
respectively. Cf  is a smooth cutoff function, Rf  
and Af  are the repulsive and attractive pair 
potentials, respectively. ijb  is the strength of each 
bond depending on the local environment, and it 
decreases with the number of the neighbors.  

 The total energy of EAM potential [27], 
revealing the atomic interaction of copper atomic 
system is expressed as  

( ) ( )Cu ij iij i
E V r F                                 (2) 

( )i iji j
r 


                                                (3)   

where ( )ijV r  is the pair potential as a function of 
atomic separation distance ijr  between atoms i  and 
j , and F is the embedding energy as a function of 

the electron density i  given in Eq. (3), which is 
induced at site i  by all other atoms in the system, 

( )ijr  is the atomic density function. All the 
parameters used here in the Tersoff potential for C 
and Si atoms and EAM potential for copper are 
taken from Refs. [26, 27].     

 However, there is no particular potential exist to 
describe the Cu-Si and Cu-C interactions. Strictly 
speaking, the potential used to represent the 
interface should include two-body and three-body 
interactions. Two-body interactions are the 
interactions between Cu-Si and Cu-C while the 
three-body interactions involve in Cu-Si-C, Cu-C-Si, 
Cu-Si-Cu and Cu-C-Cu. In this work, we assume the 
interface of Cu/SiC as a Si-terminate interface. Thus, 
the potential between Cu and Si atoms should 
include two and three body interactions. Here, we 
use the Tersoff potential to represent the interactions 
between Cu and Si atoms as Zhang et al. [28] used. 
However, the interaction between Cu and C atoms is 
quite weaker than that between Cu and Si atoms for 
the Si-terminate Cu/SiC system, and hence we adopt 
Morse potential to describe the interactions between 
Cu and C atoms. The Morse potential is expressed as 

0 02 ( ) ( )
0 2r r r rV D e e                                    (4) 

where r  is the distance between the atoms, 0r  is the 
equilibrium bond distance, 0D  is the well depth of 
the potential, and   is the width of the potential. 
The parameters of Morse potential are provided 
elsewhere [29]. 

The average stresses in the atomistic systems are 
calculated as [30] 

0

1 1
( )

2
ij ij i i ij

i F F M v v   
       

          (5) 

where   and   are the Cartesian components, 0  
is the atomic volume, ijF  is the force on atomic i  
due to atom j , iM  is the mass of atom i , and iv  is 
the velocity of atom i . 

The system is relaxed for 50ps by NVT 
ensemble to obtain an equilibrium state. Then, we 
use NPT ensemble to make stress of the model be 
zero in all directions. The time-step of 0.001 ps is 
adopted for all of the MD simulations in this paper. 
Furthermore, the temperature is allowed to evolve 
during the deformation process. The strain rate of 
the loading in MD simulation is about 9 11 10 s . 
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3 Results and Discussion 

3.1 Stress-strain relationships 

In order to understand the mechanism of the 
mechanical properties of Cu/SiC nanocomposites, 
the stress-strain curves and corresponding snapshots 
of structural evolution are recorded. The stress-strain 
relationship of Cu/SiC nanocomposites at 0.5K, with 
the SiC volume fraction of 58.0% is obtained and 
illustrated in Fig. 2. The curve is initially linear up to 
the yield point, after which the nanocomposites 
show obviously nonlinear deformation. The Cu/SiC 
nanocomposites exhibit an evident plastic 
mechanical behavior due to the existence of Cu 
matrix. The flow stress is also calculated for uniaxial 
loading in tension process, which is used to measure 
the level of plastic of Cu/SiC nanocomposites. 
Furthermore, the Cu/SiC nanocomposites also show 
a remarkable brittle mechanical behavior as s result 
of the influence of SiC reinforcement. In addition, 
the ultra high maximum stress  is a result of high 
strain rates (1 × 109 s-1).  

The deform configurations of the Cu/SiC under 
uniaxial tension are shown in Fig. 3, which are 
corresponding to the A-F points in Fig. 2. It can be 
observed that the grain boundaries (GBs) are the 
regions with obvious stress concentration (as shown 
in Fig. 3A). The stress concentration is observed in 
the grains and interfaces when the stress is larger 
than the yield stress (Fig. 3B), and the dislocations 
in the Cu matrix appear as well. Almost all the SiC 
grains endure the maximum stress and more 
dislocations appear in the Cu matrix (Fig. 3C). Then, 
cracks appear in the interfaces due to the existence 
of interspaces in the interfaces (Fig. 3D), and some 
region in the Cu/SiC are not bear the loads and the 
dislocations in Cu matrix is decreasing. The material 
begins to damage when the crack penetrates the 
computational cell (Fig. 3E) and break soon. The 
process shows the cracks appear in the interface, 
which is due to the stress concentration at the 
interface, and propagate along the interface result in 

a partial failure (Fig. 3E) to a entire failure (Fig. 3F) 
transition.  

 

3.2 Effects of temperature on mechanical properties 

In order to obtain the temperature effects on the 
mechanical properties of Cu/SiC nanocomposites, 
the simulations are conducted in the temperature 
range from 300 K to 1100 K, with the tensile stress-
strain curves shown in Fig. 4. With the increase of 
temperature, the Cu phase shows obvious softening, 
which decrease the modulus and maximum stress of 
Cu/SiC nanocomposites. The modulus and 
maximum stress of Cu/SiC nanocomposites at 
different temperatures are listed in the table 1. The 
region of the nonlinear before the maximum stress is 
extending, which imply the plasticity of Cu/SiC 
nanocomposites is improved as temperature 
increasing.     

The common neighbor analysis (CNA) [31] 
method is used to identify the local deformations in 
the FCC and diamond cubic lattice. The relaxed 
configurations at different temperatures are shown in 
Fig. 5 with atoms colored according to the CAN 
values. The arrangement of atoms in the interface 
becomes more irregular (Fig. 5) and implies the 
voids in the interface increasing with temperature, 
which corresponds to the decreasing of yield stress 
of Cu/SiC naonocomposites. In addition, a mount of 
dislocations appear in Cu due to the temperature 
increasing, which weaken the load bearing capability 
of Cu/SiC nanocomposites. The atoms at the 
interface posses enough kinetic energy diffuse to the 
Cu matrix as the temperature increases, thus the 
stress concentration at the interface vanishes when 
the temperature arrives or exceeds the melt 
temperature of Cu matrix.  

 

3.3 Effects of Vf on mechanical properties 

Fig. 6 plots the stress-strain curves of Cu/SiC 
nanocomposites with the varying Vf of SiC. In the 
simulated composite system, SiC acts almost as a 
rigid body, while large deformation is observed in 
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Cu matrix due to its flexibility. Thus, the modulus of 
Cu/SiC nanocomposite increases with the increase 
of the Vf of SiC. In addition, with the increase of Vf 
of SiC, the capacity of elastic deformation of the 
nanocomposites is enhanced. The maximum stress in 
each stress-strain curve is defined as the ultimate 
strength of the nanocomposites. The dependence of 
the ultimate strength of nanocomposites on the Vf is 
illustrated in the upper left corner of Fig. 6. The 
ultimate strength increases nonlinearly with the 
increase of the Vf of SiC. Furthermore, the 
increasing fraction of SiC results a large fraction of 
the SiC, which limits the diffusion of the atoms at 
the interface renders a high strength values for the 
Cu/SiC nanocomposites. 

The plastic behaviors of polycrystalline metals 
before failure can be regarded as the nucleation and 
propagation of dislocations in Cu matrix. Plasticity 
in nanocrystalline metals, however, has 
contributions from the dislocation-based and grain 
boundary-based processes. The GB becomes more 
dominant at grain size less than 30 nm [32], which 
includes GB sliding/rotation and GB diffusion. The 
processes of the deformation with different Vf of SiC 
at 0.5 K are shown in Fig. 7. Here, we give two 
representative Vf of SiC, 10.8% and 78.3%, which 
are named case A and case B, respectively. For case 
A, little dislocation appears in the Cu matrix, the 
GB-based process is the dominant mechanism in the 
deformation process, which is responsible to the 
high plasticity of Cu/SiC nanocomposite. While the 
dominant mechanism in the Cu/SiC naocomposite 
with high Vf of SiC is not only GB-based process, a 
mount of dislocations appear in the Cu matrix as 
well (Fig. 7). The high fraction of SiC results a high 
strength of Cu/SiC nanocomposites, which leads to 
the high deformation in the Cu matrix. Thus, the 
dislocations in the Cu matrix are activated. 
Moreover, we also analyze the Cu/SiC 
nanocomposites with other Vf of SiC and the similar 
result is observed.   

 

3.4 Effects of grain size on mechanical properties 

      Previous experimental results of the yield stress 
of single-phase nanostructured metals or metallic 
clearly indicates that the yield stress increases with 
increasing grain size (inverse Hall-Petch effects) [33, 
34] when the size of the polycrystals below 20 nm. 
However, the yield stress of MMNCs (grain size 
bellows 20 nm) does not show such a relation clearly 
[35] due to the fraction of the reinforcement and the 
interface between the reinforcement and the matrix, 
etc. Here, the size of the polycrystals used in our 
simulations range 6 to 10 nm. Fig. 9 shows the 
stress-strain curve of Cu/SiC nanocomposites with 
different grain size. The yield stress and the volume 
fraction of reinforcement SiC are list in Table. 2.  
The AVS of the MMNs, which has the maximum 
stress, is 10 nm, while the AVS of 8 nm has the 
minimize yield stress. The increase of the grain size 
also results in the change of the interface between 
SiC and Cu and the fraction of SiC reinforcement, 
etc. Thus the strength of the Cu/SiC nanocomposites 
has no obvious relation with the grain size in our 
results.  A mount of dislocations appear in the Cu 
matrix before the stress reach the maximum stress. 
The AVS of MMNs, 10 nm, is the favorite size 
which dislocations to be activated. While the AVS 
of 8nm is more difficult for dislocations to be 
activated than other AVS (Fig. 10) 
 

4 Conclusion 

      MD simulations are carried out to investigate the 
deformation behaviors of Cu/SiC nanocomposites 
under high strain rates. Cracks nucleate at interfaces 
and penetrate the grains leads to the failure of the 
Cu/SiC nanocomposites. A mount of dislocations are 
observed in the Cu matrix during the process of the 
deformation. In addition, strengthening behaviors of 
the ceramic (SiC) particle reinforced nanocrystalline 
metal (Cu) are strongly dependent on the 
temperature, the Vf of SiC and the grains sized. With 
the temperature increasing, the ultimate yield 
stresses of Cu/SiC nanocomposites decrease almost 
linearly. Furthermore, the dislocations in the Cu 
matrix and the thickness of the specific interface 
increase with temperature. The strength of the 
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Cu/SiC nanocomposites is observed to increase 
nonlinearly with the increasing of the Vf of SiC. At 
the low Vf of SiC, the dominant plastic behavior of 
the Cu/SiC nanocomposites is the BG-dominated 
process, while the dislocation-based process is a 
typical style for the Cu/SiC nanocomposites with 
high Vf of SiC. The effects of the grains size is also 
studied in this paper. The inverse Hall-Petch effects, 
which is obvious in the single-phase nanostructured 
metals, are not found in the Cu/SiC nanocomposites.  
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Table 1. The modulus and maximum stress of Cu/SiC 

nanocomposites at different temperatures, E and max  
are the modulus and maximum stress of Cu/SiC 
nanocomposites, respectively. 

T (K)                   E (GPa)           maxσ  (GPa) 

300                       187.5                    8.53 

500                       186.2                    7.76 

1100                       133.4                    5.03 

 
Table 2. The maximum stress of Cu/SiC nanocomposites 

with various grain sizes, AGS and max  are the average 
grain size and maximum stress of Cu/SiC nanocomposites, 
respectively. VF represents the volume fraction of SiC in 
the Cu/SiC nanocomposites. 

AGS (nm)             VF (%)           maxσ  (GPa) 

6                        31.06                  10.82 

8                        29.94                  10.24 

10                        30.39                  11.31 

 

 
Fig. 1. Atomistic model of Cu/SiC nanocomposites. 
Yellow balls for Cu atoms, blue balls for Si atoms and 
green for C atoms. The other atoms are interfacial atoms 

 
Fig. 2. The tensile stress-strain relationship of Cu/SiC 
nanocomposites with the Vf of SiC of 0.580 at 0.5 K.  
 

 
Fig. 3. The snapshots of damage evolution of Cu/SiC 
nanocomposites at the marked points A-F in Fig. 2. 1 
represents the Cu matrix, the black arrows show the 
region of dislocations in the Cu matrix. The white circle is 
the place where a crack nucleates. 

 
Fig. 4. The tensile stress-strain curves of Cu/SiC 
nanocomposites at different temperatures. 
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Fig. 5. The relaxed configurations at different 
temperatures. The structure in the red circle is scaled at 
the left bottom. The dashed circle indicates the 
dislocations in Cu matrix. Atoms colored according to the 
CNA values. The dark blue atoms represent the bulk FCC 
stacking, the cyan atoms are in the tetrahedral bonding in 
the diamond cubic lattice, and the atoms in other color 
represent the atoms at the interface. 

 

 
Fig. 6. The stress-strain relationship of the Cu/SiC 
nanocomposites with Vf varying from 0.000 to 0.783 at 
0.5 K. The maximum stress of the nanocomposites is 
shown at the upper left corner. 

 

 
Fig. 7. The deformation configuration of Cu/SiC 

nanocomposites with a Vf of SiC of 0.108. Atoms colored 

according to the coordinate numbers (Z). The black circle 

shows the region of dislocation diffusion. The red circle 

represents the dislocation in the Cu matrix. 

 

 
Fig. 8. The deformation configuration of Cu/SiC 

nanocomposites with a Vf of SiC of 0.783. Atoms are 

colored according to the coordinate numbers (Z). The red 

circle represents the dislocations in the Cu matrix. 
 

 
Fig. 9. The stress-strain relationship of the Cu/SiC 
nanocomposites with grain size varying from 6 nm to 10 
nm at 0.5 K. The flow stress of the nanocomposites is 
shown at the lower. 
 

 
Fig. 10. The configurations with different grain size. The 
state A, B and C corresponds to states in Fig. 9. The red 
arrows represent the dislocations in the Cu matrix. Atoms 
are colored according to the CNA values. 
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Abstract 

Large cracks have been recently detected along the 
trailing edge of operational wind turbine blades and 
retrofit solutions need to be implemented. A retrofit 
reinforcement concept for sandwich panels has been 
developed that consists of two plugs connected with 
tie-strings to reduce the out-of-plane displacements 
of the sandwich shell panels close to the trailing 
edge. In this study, focus is given to the anchoring of 
the strings to the sandwich panels. The anchoring is 
performed through conical plugs inserted into holes 
in the sandwich panels on the pressure and suction 
sides of the blade and connected through a string. 
Numerical simulations have been performed 
followed by an experimental validation of the 
anchoring concept. An optimized shape of the plug 
is finally discussed in order to achieve a uniform 
pressure distribution of the plug. 

1 Introduction  

Recently, large cracks have been discovered in the 
trailing edge (TE) of commercial wind turbine 
blades as a result of in-service loads. Such damages 
have been detected during early normal service 
operation and the crack size jeopardizes the integrity 
and performance of the entire wind turbine [1]. A 
retrofit solution must be developed to avoid growth 
of the existing cracks and structural failure of blades 
that are already in operation. 
This challenge is being tackled by the Danish 
company Bladena, which has defined a set of 
guidelines and constraints together with wind 
turbine manufacturers and wind farm operators for 
the development phases towards an effective retrofit 
solution: 

• The solution with the shortest down-time of 
the wind turbine shall be implemented. 

Therefore, retrofit of the turbine blades must 
be carried out on site and at hub height. 

• The retrofit must be kept simple yet 
effective, with as few components being 
installed as possible. 

• No changes in the outer shape of the blade 
are allowed. 

• Non-metallic parts must be used. 
• Moving parts shall be avoided. 
• Materials must be UV, saltwater and heat 

resistant. 
 

A retrofit concept has emerged following these tight 
constraints and has been patented by Bladena [2]. It 
consists of conical plugs inserted in the sandwich 
panels connected by tie-strings, which reduce the 
out-of-plane displacements of the shell panels close 
to the trailing edge. This concept is schematically 
illustrated in Fig. 1. 
The idea is then for a retrofit crew rappelling down 
from the wind turbine hub, installing plugs and 
strings between the suction and pressure side in 
different locations along the TE of the blades. The 
retrofit crew will drill holes on each side of the blade 
and insert a polymer string anchored by plastic insert 
plugs. The string will be pre-tensioned by the crew 
operators. The hole in the face sheets will then be 
covered with wear resistant glue and finally coated 
to protect the blade from water, solar radiation and 
heat. Once the strings are installed, the retrofit will 
not be visible on the outside of the blade. 
However, many knowledge gaps are present for the 
retrofit concept, such as the anchoring of the strings 
in the sandwich shells. To this end, a cooperative 
framework has been formed involving Bladena and 
the Lightweight Structures Group at the Technical 
University of Denmark (DTU – Department of 
Mechanical Engineering). The goal of the project is 
to develop a strong and fatigue resistant anchoring 
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solution. To achieve this goal, a combined 
experimental and numerical study has been 
conducted. 
This work presents a stress analysis of the anchoring 
of the tie-strings to the shell of wind turbine blades. 
Firstly, the geometry and the materials of the cones 
and of the sandwich panels are discussed. Then, the 
results from preliminary numerical simulations are 
presented, followed by an experimental validation of 
the finite element model. Lastly, a discussion on 
potential improvements of the anchoring concept is 
presented, together with recommendations for future 
work. 
 

2 Preliminary design and materials testing 

The strings need to be strongly attached to the 
blades, preserving the overall strength of the shell 
panels and avoiding debonding between the core and 
the inner and outer face sheet layers, Fig. 1. 
The initial design of the plugs had a conical shape. 
This was decided in order to distribute the loads as 
uniformly as possible in the foam core of the shell 
panels. Due to the small thickness of the face sheets 
compared to the foam core, the cones were designed 
to fit entirely in the core. Polyoxymethylene (POM) 
was found to be a suitable material for the plugs. 
The cone internal structure, shown in Fig. 2, was 
specifically designed so as to allow tightening of the 
string without any metallic or moveable part. 
 

The area where the fittings are to be installed is a 
foam cored sandwich shell, consisting of two face 
sheets of tri-axial E-glass (0°/±45° orientation) in an 
epoxy matrix over a structural foam core, see Fig. 3. 
The thickness of the core of the shell panels ranges 
between 20 and 50 mm along the trailing edge. 
The cone has a number of geometric constraints: a 
minimum diameter of 10 mm, in order for the 
worker to easily introduce the string into the blade, 
and a maximum length of 20 mm, to fit the entire 
cone inside the core at minimum shell thickness. 
Also, a diameter of the hole in the panels of the 
blade shell of 45 mm was identified as the maximum 
allowable.  
 

Square specimens from the sandwich shells were cut 
from the TE region of a 34 meter long commercial 
blade. 

Material properties for POM and the face sheets 
were obtained from the blade manufacturer’s 
material datasheets. 
The core was made from polyvinyl chloride foam 
(PVC) with density of 80 kg/m3. Based on 
preliminary experimental observations and 
numerical simulations, the strength of the anchoring 
depends on the crushing strength of the foam core. 
Hence, the compressive strength for the failure 
analysis was required as input. It was therefore 
decided to test foam in compression to carefully 
evaluate its compressive mechanical behavior. 
Core parallelepipeds were cut from the sandwich 
panels with nominal dimensions 15x15x30 mm and 
loaded in the panel thickness direction. 
Surface strains were monitored using an optical non-
contact 2D Digital Image Correlation (DIC) 
technology. The ARAMIS 4M system, from GOM 
GmbH, was used for measurements and post-
processing. 
A random grey-scale paint pattern was sprayed onto 
the foam surface. One camera was placed 
perpendicular to the face of the sample with a 
sampling rate of 1 Hz monitoring the surface 
deformations. The DIC measurement produces a full 
field strain distribution, which is necessary to well 
characterize the complex crushing behavior of foams 
[3,4]. 
A typical experimental stress-strain curve of the 
PVC foam under compression is shown in Fig. 4. 
Foam crushing has been extensively studied [3-7] 
and the results obtained here compare well with 
those obtained in these studies. 
The mechanical properties of the materials examined 
are listed in Table 1. 
 

3 Numerical simulations 

3.1 FE modeling 

A computational model of the retrofit concept was 
developed in the commercial finite element software 
ANSYS. A 2D axisymmetric model was built with 
contact elements at the interface between insert and 
foam. Contact elements were necessary to model the 
sliding between cone and foam core throughout the 
entire loading history. Geometrical and material 
non-linear behaviors were accommodated. 
Models of a circular panel with diameter of 360 mm, 
core thickness of 20 mm and upper and lower face 
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sheets thicknesses of 4 and 2 mm respectively were 
built. 
Two plug geometries were modeled with two 
different heights. Both cones had an upper diameter 
of 45 mm and a lower diameter of 10 mm. Two cone 
angles θ were examined: 35° and 45°. 
The boundary conditions are schematically depicted 
in Fig. 5. The edges of the panel were assumed to be 
fully clamped with symmetry conditions applied to 
the nodes at the center line, while a vertical 
displacement u was applied on the center line of the 
cone to simulate the string tension. 
The model was meshed with quadrilateral elements 
obtained through controlled line divisions, as shown 
in Fig. 6. 
While the face sheets and POM materials were 
assumed to be linear elastic, the PVC foam was 
assumed to behave in an elastic perfectly plastic 
manner with Young’s modulus of 80 MPa and a 
yield stress of 1.38 MPa. This idealized model is 
shown with a dashed line in Fig. 4. The yield stress 
from the ideal elastic-plastic model in Fig. 3 was set 
equal to the same work W of deformation per unit 
volume measured in experiments. 
 
𝑊 = ∫𝜎 ∙ 𝑑𝜀    (1) 
 
It is known that foams may be heterogeneous and 
present anisotropic behavior due to density 
variations and directionality of the cells during the 
manufacturing process [3,4]. However, for 
simplicity, isotropic behavior was assumed in this 
initial study. 

3.2 FE results 

The initial simulations were performed with a 
vertical displacement u equal to 2 mm. 
The two cones perfectly fitting inside the hole in the 
unloaded configuration of the panel were analyzed. 
However, due to the bending of the panel and the 
stiffness mismatch, the contact pressure distribution 
along the interface became non uniform. This can be 
clearly seen in Fig. 7, where the von Mises stress is 
shown in the PVC foam at 45° cone angle. The cone 
experienced an almost pure vertical translation, 
which caused panel bending and consequently a 
rotation of the foam surface. This generated a high 
stress concentration in the foam at the contact point 
with the upper edge of the cone. 

4 Experimental tests 

4.1 Test setup 

In order to experimentally validate the numerical 
model, the strains in the PVC foam core close to the 
cone upper edge were to be monitored. This was 
made possible by cutting a sandwich panel in two 
equal halves along the centerline. A half cone could 
then be mounted on the piston of a 100 kN MTS 810 
universal testing machine equipped with a 10 kN 
load cell and displaced vertically downwards into 
the semi-conical hole in the panel. The test setup is 
shown in Figs. 8 and 9. 
Due to the asymmetry of the test setup, the 
displacements of both the half panel and half cone 
had to be constrained in the plane of the panel. This 
issue was solved by clamping the half panel to a 
steel frame and by using a special device to limit the 
in-plane displacement of the cone. This device, 
shown in Fig. 9 and marked “piston rail”, consists of 
a hollow cylinder that can be aligned with the piston 
and anchored to the frame of the machine. The 
piston can then slide inside the cylinder and can 
withstand lateral loads without off-axis 
displacements. 
The displacements and the surface strains were 
monitored using the ARAMIS 4M system. 2 
synchronized cameras were used to obtain a 3D 
displacement field at the specimen surface. 
Two cone angles were tested, with 3 repetitions per 
angle, for a total of 6 half panels tested. The half 
panels were rectangular with side lengths of 
360x180 mm and core thickness of 20 mm. The 
thicknesses of the upper and lower face sheets were 
4 and 2 mm respectively. 
A displacement rate of 1 mm/min was imposed to 
the cone, while a sampling rate of 1 Hz was used for 
the two DIC cameras. Tests were stopped at a 
vertical displacement of 10 mm. 

4.2 Test results 

During the vertical translation of the cone, the panel 
was subjected to bi-axial bending. This implied that 
the PVC foam contact surfaces underwent a rotation. 
However, due to the stiffness mismatch between 
foam and POM, the much stiffer cone did not 
conform to the foam deformation and this caused 
high stress concentrations and localized plastic 
deformation of the PVC foam. 
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Shear strain results from DIC measurements are 
shown in Figs. 10 and 11 for a vertical displacement 
of 1.5 mm at a compressive load of approximately 
500 N. The shear strains are shown in both the half 
cone and half panel.  
As expected, the cone is under small strains due to 
the high stiffness of POM. For the PVC foam, 
however, substantial strain concentrations are 
developed close to the upper edge of the cone. 
In addition, it is also clear that both the elastic and 
plastic deformations of PVC foam are strongly 
localized in the vicinity of the upper edge of the 
cone. Therefore, no good distribution of the strains 
inside the core of the panels was achieved. This 
followed the foam behavior detected by Rizov et al. 
[5]. 
All six tests produced similar results, i.e. stress 
concentrations in the foam with localized plastic 
deformation. No significant differences were found 
between the two cone angles. 
 

5 Optimized fittings 

The cones caused plastic deformations in the PVC 
foams even at small loads due to a non-uniform 
pressure distribution along the POM-PVC foam 
interface, see Fig. 12. As the anchoring system needs 
to be designed for fatigue loads, the configuration is 
required to minimize local plastic deformation of the 
PVC foam.  
An optimized design has therefore been investigated 
considering different shapes for the fittings. The 
goal of the new cone shape is to conform to the hole 
in the panel in the loaded configuration. A curved 
surface of the fitting proved to be promising during 
numerical simulations.  
Several shapes have been modeled with different 
angles and different curvatures. Fig. 13 shows the 
contact pressure distribution for the original design 
at 45° and for a curved cone at a vertical 
displacement of the cone center line of 2 mm. 

 

6 Conclusions 

This study investigates a retrofit reinforcement 
concept for the trailing edge of wind turbine rotor 
blades. The concept consists of two plugs connected 
by tie-strings that reduce the opening displacement 
of the sandwich panels. 

The strings are anchored in the blade sandwich 
shells using cones, which distribute the loads into 
the core of the sandwich panels. Numerical models 
have been developed and experiments were 
performed. It has been shown that the cone shapes 
lead to high stress concentrations and plastic 
deformation of the foam in the vicinity of the upper 
edge of the cone-foam interface. 
A cone with curved side could achieve a better 
contact pressure distribution along the interface in 
the loaded state and reduce the local stress 
concentrations. 
Work is presently ongoing to refine modeling of 
PVC foams and to improve the accuracy of the 
numerical model. 
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Tables and Figures 

POM (Fitting) Isotropic 
Stiffness E (GPa) 2.6 
Poisson’s ratio ν 0.22 

 
PVC foam (Core) Isotropic 
Stiffness E (MPa) 80 
Poisson’s ratio ν 0.30 
Compressive strength (MPa) 1.38 

 
GFRP face Orthotropic 
Longitudinal modulus E1 (GPa) 20 
Transverse modulus E2 (GPa) 7 
In-plane shear modulus G12 (GPa) 5 
Poisson’s ratio ν12 0.4 

Table 1. Material properties of constituent materials. 

 

 
Fig. 1. Installation of “strings” in the TE part of a 
blade [2]. 
 

 
Fig. 2. Internal structure of a string-cone anchoring 
plug. 

 

 
Fig. 3. Anchoring coupons for the retrofit concept. 
 
 

 
Fig. 4. Compressive stress-strain curve of PVC 
foam. 

 
 
 

 
Fig. 5. Schematic drawing for the 2D axisymmetric 
model and boundary conditions. 
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Fig. 6. Meshing of the cone-panel interface.  

Fig. 7. von Mises stress distribution in the PVC 
foam for the 45° cone. 

 
Fig. 8. Schematic of the test setup for panel testing 

 

 
Fig. 9. Test setup for panel testing. 
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Fig. 10. εxy for the 45° cone. 

 

 
Fig. 11. εxy for the 35° cone. 
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Fig. 12. Plastic shear strain distribution in the PVC foam for the 45° cone at vertical displacement u of 
1.16, 1.51, 1.86 and 2 mm. 

 
 

 
Fig. 13. Pressure profile along the contact 
line for 45° flat and edge-curved cone 
shapes. 
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1.  Introduction  

The interest in using natural fibers in composite 
materials has strongly increased over the past 
decades thanks to their good mechanical properties 
in combination with environment-friendly 
characteristics. In this research, Vietnamese coir 
fibers are studied and modified for use in composite 
materials. To be efficiently used in composite 
materials, the microstructure and the mechanical 
properties of coir fibers are first characterized. 
Secondly, the surface of natural fibers has a complex 
morphology with chemical heterogeneity and 
relatively high roughness, which strongly inf luences 
the fiber-matrix interfacial adhesion. Therefore, it is 
important to acquire a systematic understanding of 
the fiber-matrix interfacial interactions in these 
composites. Lastly, unidirectional (UD) composites 
of coir fiber in both thermoplastic and thermoset 
matrices are examined to evaluate the possible value 
of coir fiber for composites. The correlation between 
the fiber microstructure, fiber properties, fiber-
matrix interface and the final properties of the 
composites will be discussed. 

2.  Materials and Methods 

2.1. Materials 
 
Fibers  
Vietnamese coir fibers used in the study were 
extracted from the husk shell of coconuts with a 
purely mechanical extraction process. The fibers 
were then soaked in hot water at 70

0
C for 2h, 

washed with ethanol, rinsed with de-ionized water 
and dried in a vacuum oven at 90°C. These fibers are 
named untreated coir fiber (Ucoir) in this work. The 

treated coir fibers (Tcoir) were obtained using 5% 
NaOH solution for 2h at room temperature, then 
washed thoroughly with de-ionized water and dried 
in a vacuum oven as described above. The alkali 
treatment was expected to remove wax and fatty 
substances on the untreated fibers.   
 

Matrices 
Both thermoplastic and thermoset polymers were 
used as matrices for untreated and treated fibres. The 
thermoplastics comprised of polypropylene (PP), 
polyvinylidene fluoride (PVDF) and 0.3% maleic 
anhydride grafted polypropylene (MAPP). The PP 
was an unmodified grade supplied by Propex. The 
PVDF was provided by Solvay and the MAPP was 
supplied by Dupont. As thermoset system, the epoxy 
Epikote 828 and hardener Diaminocyclohexane were 
used. 
 
2.2 Methods 

2.2.1 Characterization of fiber microstructure 

 
The microstructure of technical coir fibers was 
examined using SEM and X-ray tomography (SEM-
CT). The fiber cross-sections were taken using a 
Philips XL 30 FEG scanning electron microscope. 
The images provide the organization of the 
elementary fibers inside the technical fiber and the 
microfibril angles. SEM-CT was used to scan 
segments of the fibre. With the help of the computer 
software SkyScan, a 3D structure of the sample in a 
non-destructive way was built up, which includes 
internal object details of the fiber [1]. In this way, 
also the fiber porosity is characterized.  
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2.2.2 Single fiber tensile testing 

 
Tensile testing of single fibers was performed on an 
Instron 5943 integrated with a camera system for 
optical strain measurement. Speckles were created 
on the fiber surface so that the camera system could 
map the fiber strain during tensile loading. The 
recorded strain mapping data were analyzed using 
Limess software, and the calculated strains were 
then linked with the tensile load data to plot the 
stress-strain behavior of the fibers.  
 
2.2.3 Wetting measurement and fiber surface 

characterization 
 
Wetting measurements of the fibers and the matrices 
are carried out to obtain their static equilibrium 
contact angles in various liquids [1], and these are 
used to estimate the surface energies comprising of 
different components [2, 3]. The work of adhesion is 
calculated for each composite system, accordingly. 
 
Besides, fibre surface chemistry is studied by X-ray 
photoelectron spectroscopy (XPS) to have more 
information about functional groups at the fiber 
surface. 
 
2.2.4 Fiber pull-out test 
 
The adhesion at the composite interface was 
evaluated using single fiber pull-out tests. To 
prepare the pull-out test samples, coir fibers were 
placed in a mould in which matrix films are stacked 
on two sides of the fibers. Using the compression 
molding technique with a hot press, the pull-out 
samples were made at 175 

0
C for PP and 185 

0
C for 

PVDF and MAPP respectively, and at 10 bar 
pressure for all samples. In the obtained samples, the 
embedded fiber length into the matrix was controlled 
by punching a hole through the fiber and matrix at 
the correct location.   
 

2.2.5 Mechanical test of UD composites 
 
Mechanical properties of UD coir fiber composites 
with both thermoplastic and thermoset matrices were 
assessed by flexural 3 point bending tests according 
to ASTM D790M,  and unnotched Izod impact tests 
following ISO 179. 
 

3.  Results and discussions 

3.1. Microstructure and mechanical properties of 

coir fibers 

Fig. 1 presents a SEM image of the coir fiber cross 
section and a 3D fiber model built up from SEM-CT 
scanning images. This shows that technical coir 
fibers comprise of plenty of elementary fibers and a 
lacuna at the centre. The elementary fiber is built up 
by two main cell walls which consist of bundles of 
microfibrils aligned in a high angle to the fiber axis.  

 

 

Fig. 1. Internal structure of coir fiber (a) 
determination of fiber porosity using SEM-CT (b) 
SEM image of elementary fibers shows cell walls 

and microfibrils.  

The analysis of the 3D scan of coir fiber also 
provides fiber porosity, from which coir fiber 
appears to have high porosity at 22 to 30% .  

 

 

Fig. 2. Tensile test of single coir fiber with optical 
strain mapping 

 

Technical coir fibre 

Analysed area 
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The tensile test of single coir fiber with an optical 
strain mapping system is shown in Fig. 2. The 
movement of speckles on the fiber surface was 
followed by a camera; then data analysis was done 
with the software Limess. Subsequently, E-modulus 
and strain-to-failure of the fiber were calculated and 
are shown in Table 1. The properties of the fibers are 
comparable with previously reported results [4, 5], 
which show high elongation at failure, but the fibers 
are not so strong and stiff.  This can be explained by 
the high micro-fibrillar angle (MFA); the 
microfibrils are reoriented to the fiber direction 
during tensile loading. 

Table 1. Tensile properties of coir fibres 

Fibre E-Modulus  
(GPa) 

Strength 
(MPa) 

Strain-
to-

failure 

(%) 

Untreated 
coir 

3.8 ± 1.0 
167.7 ± 

39.3 
18.0 – 
36.7 

 

3.2.  Fiber-matrix interfacial adhesion 

In this study, an integrated physical-chemical-
micromechanical approach, including wetting 
measurements, fiber surface characterization and 
micromechanical interface testing, is implemented to 
investigate the fiber-matrix interfacial compatibility 
and adhesion of the coir fiber composites.  
 

Surface energies and work of adhesion 
 

Table 2. Surface energies of fibers and matrices 
estimated following the Owens-Wendt approach 

Fibre/ 
Matrix 

Surface energy (mJ/m
2
) 

disperse-polar (Owens-Wendt) 

     
    

 
 

Ucoir 40.4 ± 3.9 35.1 ± 3.6 5.3 ± 1.5 

Tcoir 42.2 ± 4.2 33.5 ± 3.7 8.7 ± 2.0 

PP 30.7 ± 4.0 27.1 ± 3.7 3.6 ± 1.4 

PVDF 37.2 ± 1.1 30.8 ± 1.0 6.4 ± 0.5 

MAPP 28.6 ± 6.4 23.6 ± 5.8 5.0 ± 2.8 

 
Surface energies of the fibers and matrices were 
determined and are shown in Table 2. It can be seen 
that the untreated fibers seem to be relatively 

hydrophobic with a low polar fraction of the surface 
energy. 5% Alkali treated fibers have higher surface 
energy with an increased polar fraction. For the 
matrices, the surface energies of PP and MAPP are 
quite similar and stay at low values. As expected, the 
surface energy of PVDF is higher than that of PP 
with a relatively high polar fraction.  
 

 

Fig. 3. Typical C 1s spectra comprising of the 
decomposition into four components C1-C4 for (a) 

untreated coir (b) alkali treated coir. 

Fig. 3 presents the surface chemical composition of 
the untreated and treated fibers, providing relative 
atomic percentages of the elements, the oxygen-
carbon ratio and decomposition of the C 1s peak into 
four sub-peaks C1–C4. These represent: carbon 
solely linked to carbon or hydrogen C–C or C–H 
(C1), carbon singly bound to oxygen or nitrogen C–
O or C–N (C2), carbon doubly bound to oxygen O–
C–O or C=O (C3) and carbon involved in ester or 
carboxylic acid functions O=C–O (C4). For 
untreated coir fiber, a high proportion of C1 and low 
proportion of C2-C4 suggests a combination of 
hydrocarbon rich waxes and lignin existing on the 
fiber surface as was discussed in detail in a previous 
study [1]. After treatment with alkali, C1 decreases 
while C2-C4 increase, which shows that more lignin 
as binder of elementary fibers (and possibly also 
cellulose) is exposed on the surface of the treated 
fibers after mainly the waxes are removed [6]. A 
correlation is found with the result of the wetting 
measurements, where higher surface energy and 
polarity are determined after removing waxes by 
alkali treatment. 

 
In Table 3, the calculated work of adhesion shows a 
higher value for coir fiber in PVDF in comparison 
with that in PP and MAPP, which is mainly thanks 
to the higher surface energy and polar component of 
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PVDF. It also can be seen that alkali treatment 
somewhat improves the work of adhesion of all 
fiber-matrix systems, which can be partially 
attributed to the higher surface energy and polar 
component of the fibers. In coir fiber – PVDF, the 
surface energy components of both untreated and 
treated fibers are quite well matched leading to high 
work of adhesion and a low value of interfacial 
energy. For PP and MAPP systems, the 
improvement in work of adhesion for treated fibers 
is not expected to be significant, since the 
compatibility is relatively low, caused by 
mismatching surface energies and relatively high 
interfacial energy.  
 

Table 3. Work of adhesion, apparent IFSS in the 
single fiber pull-out test; and transverse strength in 

3PB of UD composites 

 

Practical adhesion 
 
The interfacial strength of the composites measured 
by 3 point bending in transverse direction and the 
IFSS from the pull-out test are shown in Table 3. As 
can be seen, the higher transverse strength and IFSS 
indicate a better interfacial adhesion in the case of 
coir fibers with PVDF and MAPP as compared to 
PP. There is an improvement in interfacial strength 
for treated fibers with PP and PVDF in comparison 
with that of untreated coir, while the interfacial 
strength is similar for both untreated and treated 
fiber with MAPP.  
 
When the work of adhesion is considered to 
correspond to the practical adhesion, the results 
suggest that the higher interfacial adhesion of coir 
fibers with PVDF compared with PP can be 
attributed to higher fiber-matrix physico-chemical 
interaction corresponding with the work of adhesion. 
Whilst the improvement of interfacial adhesion for 

coir fibers with MAPP compared with PP can 
probably be attributed to a chemical adhesion 
mechanism, where maleic anhydride functionality of 
the MAPP reacts covalently with OH functionality 
on the fibres.  
 
An efficiency factor is used to compare the influence 
of interfacial adhesion on the composite strength. It 
is the ratio of experimental longitudinal strength 
over the calculated value following the rule of 
mixtures. It can be seen in Fig. 4 that there is a good 
agreement between the interfacial adhesion and the 
composite strength. 
 
 

 

Fig. 4. Transverse bending strength and efficiency 
factor of longitudinal tensile strength of different 

coir fiber composites. 

 

3.3 Mechanical properties of UD coir fiber 

composites  

 
The flexural properties of coir fiber UD composites 
are assessed by 3 point bending in longitudinal 
direction. Because the fiber volume fractions of the 
composites are different, an efficiency factor and 
normalized values (to the same 50% fiber volume 
fraction) of E-modulus and strength will be used to 
have a good comparison between different systems, 
as shown in Fig. 5. The results indicate that 
coir/PVDF and coir/epoxy are stiffer compared to 
coir/PP and coir/MAPP systems, which is correlated 
to the stiffness of the matrices. For the composite 
strength, coir/PVDF composites give the strongest 
systems. The effect of fiber treatment can also be 
observed with the improvement of strength in treated 

Composite 
Wa 

(mJ/m
2
) 

Trans. 

strength 

(MPa) 

IFSS (MPa) 

at 0.5mm 

embedded 

length 

Ucoir /PP 70.4 ± 4.0 3.1 ± 0.6 3.2 ± 0.3 

Tcoir /PP 71.5 ± 4.1 4.4 ± 0.7 4.1 ± 0.4 

Ucoir /PVDF 77.4 ± 2.8 16.6 ± 2.7 6.7 ± 0.9 

Tcoir /PVDF 79.2 ± 2.9 21.5 ± 2.8 8.2 ± 0.2 

Ucoir /MAPP 67.9 ± 5.9 21.0 ± 1.3 8.8 ± 0.4 

Tcoir /MAPP 69.4 ± 6.1 19.1 ± 1.2 8.3 ± 1.0 
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fiber systems with PVDF and to a lesser extent with 
epoxy matrix.  
 
Higher flexural strength and stiffness are found in 
treated fiber composites, probably thanks to better 
interfacial wetting and adhesion which can be seen 
by higher efficiency factors. 

 

 

Fig. 5. Flexural properties of UD coir composites 
normalized to fiber volume fraction of 50%. 

 
The impact strengths of coir/PP and coir/epoxy 
composites with the same fibre volume fraction of 
40% are presented in Fig. 6, and compared to values 
for the neat polymers. The impact strength of coir 
polypropylene composite is not significantly 
different from that of neat polypropylene, while coir 
fibres can improve the toughness of the epoxy by 
minimum a factor of three, when the impact strength 
is considered as toughness indicator. In tough PP 
matrix, it seems the high strain to failure of coir fibre 
does not play an important role to decide the final 
impact resistance of the composite. On the other 
hand, the fibre provides a high contribution to the 
improvement of toughness of the brittle epoxy 
matrix.  
 

 

Fig. 6. Impact strength of UD coir fiber composites. 

 

4.  Conclusions  

The high microfibrillar angle in coir fibers leads to a 
low stiffness in fiber direction and to high 
elongation to failure thanks to reorientation of the 
microfibrils under tensile loading.  

There has been a good agreement between the 
results of the wetting analysis and those of the 
composite interface mechanical tests. The 
combination of different characterization techniques 
has offered a deeper understanding of the interfacial 
adhesion and compatibility in coir fiber composites. 

The mechanical properties of coir fiber composites 
reflect well the results from the fiber properties and 
composite interface characterizations. The results 
also show that coir fibers have potential for 
application in impact loaded composites. 
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1 Introduction 

Compared to conventional pre-preg tape laminates, 
3D woven composites provide higher through-
thickness properties, reduced manufacturing costs, 
and the potential for automated out-of-autoclave 
manufacture. However, the in-plane mechanical 
properties of 3D woven composites may not be as 
desirable due to the tow crimps introduced by the 
weaving process [1,2]. The failure mechanisms of 
different types of 3D woven composites under 
tensile, compression and flexure were studied in 
[3,4]. However, only limited data on the 
performance of 3D woven composites under 
different loading conditions were available. Only 
few data were published on the flexure strength [5]. 
The mechanism of compressive failure still needs 
further investigation [5]. It is clear that more 
experimental data are needed for further 
understanding of the mechanical behaviour 3D 
woven composites. 
 
In this paper, six different types of 3D woven carbon 
fibre reinforced composites were manufactured and 
tested under tension, compression and flexure. The 
elastic and strength properties of the all six types of 
3D woven composites are presented. The effects of 
weave architecture on the mechanical behaviour are 
investigated and discussed in this paper. 
 

2 Materials 

The carbon fibre preforms were manufactured using 
a traditional narrow fabric weaving loom (Muller-
NC2-S) by M.Wright & Sons Ltd. Four types of 
non-crimp orthogonal woven preforms and two 
types of angle-interlock woven preforms were 
fabricated. The idealised fibre architectures of the 

six weaves are illustrated in Fig 1. Table 1 shows the 
details of fibres used in each weave design.  
 
Since the preform was manufactured using a 
traditional narrow fabric weaving loom, the width of 
the fabric was limited to 80mm. The fabric was cut 
into 350mm long strips to fit into the close mould. 
The preform strips were placed in a closed mould 
tool for resin transfer moulding (RTM). The nominal 
thickness of the fabric was 3mm. Prime 20LV and 
slow hardener were mixed, degased and injected to 
the vacuumed mould using Hypaject MK-III. The 
initial injection pressure was 1 bar. Once the resin 
flowed to the outlet, the outlet was closed off and the 
injection pressure was then increased to 1.5 bar and 
kept for 5 minutes. This is to further push the resin 
into the mould and fill in any possible voids or dry 
spots on the fabric. The temperature of the mould 
tool was kept at 30°C to reduce the viscosity of the 
resin and aid resin impregnation. Once the injection 
was completed, the mould was heated up to 50°C for 
curing. 
 
The actual fibre architecture of the composites is 
largely affected by the weaving process. Although 
the designed tow spacing parameters were the same 
for all six types of weaves, the actual tow spacing 
varies from weave to weave due to the tension on 
the yarns and the interlacing yarn movements during 
the weaving process.  
 
The weft tow position is largely affected by the 
binding movement. For instance, the three weft tows 
bound together in W-2.1 merged into one large tow 
as shown in Fig 2. Also the weft tow path did not 
stay straight in W-2.2 and W-2.3. Instead, the weft 
tow deviated from designed straight path at each 
binding point and moved towards the next binding 
point on the tow due to the opposite binding 
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movements at adjacent binding points. For W-1, W-
3, and W-4, two adjacent binding points on a weft 
tow have the same binding movement which keeps 
the weft tows straight. 
 
Fig 3 shows the microscopic photos of the internal 
fibre architectures of the composites. For W-1, W-
2.2, W-2.3 and W-3, the warp tows demonstrate 
relatively high straightness. W-1 shows a great 
uniformity in the internal architecture. The waviness 
of the warp tows in W-2.1 is considerably higher 
than that of the other orthogonal weaves due to the 
less uniformity of the weft tow structure. The weft 
tows in W-2.1 are clustered together by the binding 
process, which leaves a large space between the 
clustered tows. The free space between clustered 
weft tows causes the warp tow to deviate from 
straight path. The fibres within the warp tows deflect 
and move within the free space which increased the 
raw warp tow cross-section area within the space 
and hence increased waviness. 
 
The fibre volume fraction of the composites was 
obtained through matrix burn-off tests. The nominal 
total fibre volume fraction of all types of woven 
composites except W-3 is 50% with 28% warp tows, 
20% weft tows and 2% binder tows. The angle-
interlock weave W-3 has a total fibre volume 
fraction of 46%, with 26% warp tows, 18% weft 
tows and 2% binder tows. 
 
All samples were tested with the main testing axis 
parallel to the warp direction. All tests were 
conducted under displacement control. The modulus 
and strength of all six types of woven composites 
under all three loading conditions are summarised in 
Fig 4. 
 

3 Tensile 

Tension tests were conducted according to ASTM 
D3039. Fig 5 shows the typical stress-strain 
behaviour of all six types of weaves. All weave 
types exhibited linear stress-strain behaviour in the 
initial part of loading. W-4 shows a extent of 
nonlinearity at the later stage of loading. 
Unfortunately, the strain gauge failed before the 
final failure of the specimen and no strain data were 
recorded near failure. The typical sequence of failure 

is: matrix cracking between weft tows, pull out of 
warp tows, and warp/binder tow rupture.  
 
It can be seen from Fig 4. that in both tensile 
modulus and tensile strength, W-4 is dramatically 
lower than other weaves since no straight warp tows 
exist in W-4. The straightness of the warp tows has a 
strong effect on the tensile modulus. As shown in 
Fig 3, W-1, W-2.2 and W-3 all have relatively 
straight warp tows, while the warp tows of both W-
2.1 and W-2.3 have certain degree of waviness. 
Therefore the tensile modulus is higher for W-1, W-
2.2, and W-3 than for W-2.1 and W-2.3. The tensile 
strength, on the other hand, can be affected by the 
irregularity of the geometry. As mentioned in the 
previous section, the orthogonal weave W-1 and 
angle-interlock weave W-3 have the highest 
structural regularity, which results in higher tensile 
strength. 
 
Due to the vertical insertion of binder tows, all 
orthogonal weaves have clear resin channels 
between weft tows as shown in Fig 2. This resin rich 
region is considered to be the weak zone of the 
structure. It was observed during testing that the 
resin around the binder tow at binding point started 
to crack first. This phenomena was clearly observed 
in W-2.1 where the resin channels are wider than in 
other weaves. The matrix cracking is followed by 
warp tow and matrix debonding. The cracks at the 
binding points propagated and coalesced in the resin 
channel. The warp tows are the main load bearing 
components under tension. The final failure is the 
warp tow fracture. In all orthogonal samples, the 
warp tows failed near a resin channel. In some 
samples of W-1, delamination occurred from the 
warp tow fracture site. No cracks were observed 
within the weft tows. Most of the weft tows were 
broken off from the specimen during loading and did 
not have fracture across the entire cross-section. In 
W-1, cracks in the resin channel occurred in pairs on 
both sides of the sample. 
 
In W-3, since the adjacent binding points on a weft 
tow are further apart than that in the orthogonal 
weaves, the stress distribution on a weft tow is less 
uniform. The stress concentration still occurred near 
the binding points. The straightening of the binders 
were observed during testing, which resulted in weft 
tow breakage across the whole cross-section from 
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the binding point. Although the resin rich channel is 
not macroscopically visible in W-3, it was noticed 
that the crack started from the binding point and 
propagated between two adjacent weft tows. Cracks 
along the weft direction were also observed within 
some weft tows which causes weft tow split. The 
warp tow fractured at final failure.  
 
The angle interlock weave W-4 does not contain 
straight warp tows. It was observed that the cracks 
on the surface initiated at every binding point and 
propagated along the binder. No delamination 
occurred since there are no distinctive layers in this 
types of weave. However, some cracks propagated 
through the thickness along the binders. Since there 
are no straight warp tows in this weave type, the 
final failure is the fracture of binder tows. The 
straightening effect of the binder tows is the account 
for the non-linear behaviour at the later stage of 
loading. 
 

4 Compression 

Compression tests were carried out following the 
modified ASTM D695. Modulus and strength were 
obtained from separate tests of a strain gauged un-
tabbed sample and an end-tabbed sample 
correspondingly. An anti-buckling guide was used 
on both tests. Acceptable failure occurred within the 
gauge length of the tabbed specimens. Fig 6 shows 
the typical load-displacement curves for 
compression tests on end-tabbed specimens. The 
compression failure occurred at the resin channel 
between weft tows. The main failure modes are 
matrix cracking, warp tow kinking, and 
delamination for some of the samples.  
 
Similar to the tensile properties, W-4 has the lowest 
compressive modulus and compressive strength due 
to the absence of straight warp tows. The weaves 
with more crimped warp tow exhibit lower 
compressive modulus, such as W-2.1. The angle 
interlock weave W-3 shows a great potential in both 
compressive modulus and strength. In W-3, the 
binder passes through each layer of weft tows, which 
then prevents the structure from buckling and delays 
final failure. On the other hand, the binder in the 
orthogonal weaves only binds the weft tows  at the 
surface of the weave, which may not prevent 
buckling as effective as in the angle interlock weave. 

 
In W-2.1, W-2.2, and W-2.3, delamination cracks 
occurred between the first warp layer and the second 
weft layer. W-2.1 was found to have the longest 
delamination cracks among all orthogonal weaves. 
Only limited delamination was observed in W-1. 
 
The angle-interlock weave W-3 has longer 
delamination cracks than all other weaves. 
Compared to the orthogonal weaves, delamination 
cracks can propagate longer distance without 
encountering a binder tow in the through-thickness 
direction. The relatively longer unit cell is also the 
account for the longer delamination cracks. 
 
In W-4, no delamination was observed since every 
weft tow and every binder tow are interlaced 
together. However, cracks were observed to 
propagate along the binder tow through the thickness 
and separate the binder tows from the weft tows. 
 

5 Flexure 

Three point bending tests were conducted following 
ASTM D790 using a 40:1 span-to-thickness ratio. 
The flexure failure combines features of both 
compression and tension failure. Fig 7 shows typical 
load and displacement curves for all six types of 
weaves. 
 
It can be seen in Fig 7 that there is no sudden load 
drop in W-4. The absence of straight warp tows in 
W-4 causes low flexure strength and modulus. 
However, no catastrophic failure occurred to W-4 
and it can even carry more load than all other 
weaves at large displacement where other weaves 
already failed catastrophically. Both W-2.1 and W-3 
have higher flexural modulus and strength than other 
weaves. It is inferred that the lower angle of binder 
path will increase the stiffness of the structure. 
Although W-2.1 is orthogonally woven, its binder 
path has a much lower angler than the other 
orthogonal weaves, as can be seen from Fig 3. 
 
In all the orthogonal weaves, matrix cracking and 
binder rupture occurred at the binding points in the 
resin channel on the compression side of the sample. 
Matrix cracking and warp tow debonding also 
occurred in the resin channel on the tensile side of 
the sample. The first layer of warp tows near 
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compression side fractured and a sudden load drop 
occurred. The specimen kept carrying load after first 
failure. With the displacement increasing, the matrix 
cracks on the tensile side coalesced and propagated 
across the whole width of the specimens. Secondary 
load drops occurred. In some samples delamination 
occurred and propagated between the first layer of 
warps and the second layer of weft on the 
compression side. Binder tows were broken during 
the propagation of the delamination.  
 
The length of delamination cracks varies between 
four types of orthogonal weaves. W-2.1 was found 
to have the longest delamination cracks among 
orthogonal weaves. The number of binders within a 
same area are the same for W-2.1, W-2.2 and W-2.3. 
However, the through-thickness portions of the 
binders are more widely distributed in W-2.2 and W-
2.3 than in W-2.1. In W-2.1, the delamination crack 
can propagate 1/2 of a unit cell without fracturing a 
through-thickness binder, while in W-2.2 and W-2.3, 
it can only propagate 1/6 of a unit cell without 
encountering any binder tows. 
 
For the angle-interlock weave W-3, delamination 
cracks were observed to be longer than that in W-2.1. 
The binders in the angle interlocked weave has less 
through-thickness  portions between two layers than 
the binders in the orthogonal weaves. Also the 
spacing between two binders binding the two layers 
is larger in W-3 than in the orthogonal weaves. 
These factors all contributed to the longer 
delamination cracks in the W-3 samples. 
 
No delamination occurred to W-4 since W-4 does 
not contain distinctive layers. No entire section 
failure was observed in the binder tows. The sudden 
drop of load that occurred to other weaves did not 
occurred to W-4 because no straight load-carrying 
warp tow exist and no failure occurred to the entire 
cross-section of the load-carrying binder. Matrix 
cracking and tow debonding were observed around 
the binder tows. 
 

6 Conclusion 

The tensile, compressive and flexural properties in 
the warp direction of six types of 3D woven 

composites have been presented. The failure modes 
under different loading conditions were analysed 
and the behaviour of different types of fabric were 
compared. Microscopic photos revealed that the 
waviness of the warp tows are affected by weaving 
process. The tensile properties are largely depended 
on the straightness of the warp tows. Orthogonal 
weave W-1 and angle interlock weave W-3 
exhibited both high modulus and strength. The angle 
interlock weave W-3 also shows the highest 
compressive properties and flexural properties. 
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a) W-1 b) W-2.1 
 

 
c) W-2.2 d) W-2.3 

 

 

e) W-3 f) W-4 
 

Fig 1 Idealised preform architectures (generated by TexGen [6]) 
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a) Tensile behaviour 

b) Compressive behaviour 

c) Flexural behaviour 

Fig 4 Mechanical properties of six types of woven composites. 
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Fig 5 Typical stress-strain curves for all six types of woven composites under tension. 

 

Fig 6 Typical load-displacement curves for all six types of woven composites under compression. 
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Fig 7 Typical load-displacement curves for all six types of woven composites under bending. 

 

Table 1 Preform specifications 

Weave type Warp Weft Binder 
W-1 Tenax IMS5131-24K Tenax HTA 40E13-6K Tairyfil T300-1K 
W-2.1 Tenax IMS5131-24K Tenax HTA 40E13-6K Tairyfil T33-3K 
W-2.2 Tenax IMS5131-24K Tenax HTA 40E13-6K Tairyfil T33-3K 
W-2.3 Tenax IMS5131-24K Tenax HTA 40E13-6K Tairyfil T33-3K 
W-3 Tenax IMS5131-24K Tenax HTA 40E13-6K Tairyfil T33-3K 
W-4 None Tenax HTA 40E13-6K Tenax IMS5131-24K 
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1  Introduction  

In order to reduce the structural weight and part 
count, fundamental researches on the application of 
co-cured CFRP face plates/ foamed plastic core 
sandwich panel to aircraft structure have been 
conducted. In these researches, Hirose et al.[1] 
reported that, if co-cured CFRP face/ foam core 
sandwich panels were applied to aircraft structure, 
especially to the complexly curved surface portion 
such as nose fuselage structures, structural weight 
and part count could be significantly reduced. In this 
application, panel joints are inevitable structural 
elements because of the restriction of production 
facilities. For the configuration of the joint, a tapered 
end-closure type joint as shown in Fig.1(a) was 
selected and studied by Hirose et al.[2]. In this type 
of the joint, the sandwich panel is tapered to form 
the solid laminate of two face plates near the joint 
portion and two panels to be joined are mechanically 
fastened at the solid laminate portions with a splice 
plate. However, it was reported that the delamination 
crack initiating from tapered core end and 
propagating through the interface between two face 
plates as shown in Fig.1(b) was observed as an 
initial failure mode at much lower tensile load 
compared to the final failure load.  

If design parameters such as angle of tapered panel 
portion are adequately selected, initial failure could 
be restrained. In this study, the effect of the angle of 
tapered panel portion on the load level of 
delamination crack initiation (or initial crack 
propagation) is experimentally and analytically 
investigated and how to design the taper angle to 
suppress the initial failure is discussed. 
 

2  Sandwich panel joint tensile test 

To evaluate the effect of the taper angle on the 
initial failure load, tensile tests were conducted 
using the test pieces with the taper angles of 10deg, 
20deg and 30deg. Dimensions of the test piece are 

shown in Fig.2 and Fig.3. Face plates of sandwich 
panel consisted of 16-ply graphite/epoxy twill weave 
fabric composite (UT500/#135) laminates with 
nominal thickness of 6.24 mm. The ply orientations 
of the face laminate were [{(+45,-45)/(0,90)}4]sym. 
Polyether imide (PEI) foam constituted the core. The 
thickness of the core was 34 mm. Resin films with 
thickness of 0.254 mm were inserted between the 
face laminate and the foam core. These resin films 
were extended by 5 mm to the solid laminate portion 
from the tapered core end. The thickness of the 
aluminum splice plate was 10 mm. The splice plate 
was installed by titanium bolts with the diameter of 
7.92 mm and the spacing of 32 mm.  
Twelve strain gauges were attached to each test 

piece to monitor strain variations during the tensile 
test. Placements of strain gauges are shown in Fig.4. 
Strain gauges A and B were placed at 250 mm from 
the edge of solid laminate portion to monitor the 
strain variations on the top and the bottom surfaces 
of flat sandwich panel portion (strain gauges A and 
B were placed at the tapered panel portion for the 
test piece with taper angle of 10deg because there 
was no flat sandwich panel portion). To monitor the 
strain variation on the top surface of the tapered 
panel portion, strain gauge C was placed at 109 mm 
(129 mm, 179.5 mm) from the edge of solid 
laminate portion for the 30 deg (20 deg, 10 deg) test 
pieces. Strain gauges D, F, H, I were placed at 83 
mm from the edge of solid laminate portion to 
monitor the strain variations on the top and the 
bottom surfaces near the tapered core end. Strain 
gauges E, J, K, L were also placed at 83mm from the 
edge of solid laminate portion, however, these were 
attached on the edge face near the tapered core end 
and utilized to measure the strain along the thickness 
direction. These stain gauges E, J, K, L were 
considered to be sensitive to the delamination crack 
initiation from the tapered core end. Strain gauge G 
was used to monitor the strain at the center of splice 
plate. 
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Three test pieces for each taper angle (total nine 
test pieces) were prepared. Fig.5 shows the 
photographs of the test pieces. Tensile tests were 
performed using universal test machine 
(SHIMADZU Autograph AG-I) with loading 
capacity of 50 kN at the crosshead speed of 2 
mm/min. Experimental setup is shown in Fig.6. At 
both ends of the test piece, ten CFRP plies were 
added to the top and the bottom face plates and 
potting compound was used to fill the portion 
between the two face plates in order to prevent the 
failure of the test piece due to the application of 
tensile load. Loading apparatus attached to the lower 
end of the specimen was fixed to the base of the test 
machine. On the other hand, the upper loading 
apparatus was installed to the test machine crosshead 
through the universal joint (not shown in Fig.6). 
Thus, constraint conditions on the lower and upper 
ends of the test piece were slightly different. 
During the test, strain variation (especially strain 

variation of gauges E, J, K, L which are installed on 
the edge face near the tapered core end) were 
carefully monitored and the delamination crack 
initiation and propagation form the core end to the 
solid laminate portion were visually inspected using 
a microscope. When an abnormal strain variation 
was observed, tensile load was kept temporarily and 
detail inspection of the crack initiation was 
conducted. These procedures were repeated until the 
crack initiation and propagation were confirmed. In 
this study, the tensile load, when the delamination 
crack which initiated from tapered core end, 
propagated by 5mm through the interface between 
two resin films and extended into the solid laminate 
portion was observed, is defined as an initial failure 
load. 

 

3  Delamination fracture toughness evaluation 
test 

In order to investigate the delamination crack 
initiation and propagation behavior in the tapered 
end-closure type joint based on the fracture 
mechanics, the delamination fracture toughness of 
the constituent material needs to be evaluated. 
Through the finite element analysis described later, 
it was clarified that the mode II component was 
dominant in the energy release rate for the 
delamination crack discussed in this study. Thus the 
mode II delamination fracture toughness of the 
CFRP face plate was evaluated through the end 
notched flexure (ENF) test. 

Fig.7 shows the dimensions of the specimen used 
in the ENF test. Length and width of specimen was 
140 mm and 20 mm. In order to introduce a starter 
delamination crack into the specimen, a release film 
(Kapton film) with the thickness of 12.5 µm was 
inserted at the middle plane of the specimen in 40 
mm length portion from the edge of the specimen. 
Span between two support fixtures was set to be 100 
mm and the distance between the tip of the release 
film and the support fixture on the cracked side was 
set to be 20 mm. Test specimen consisted of 16-ply 
graphite/epoxy twill weave fabric composite (UT500 
/#135) and cured in the same condition as that of the 
joint test piece. Stacking sequence of the ENF test 
specimen is (0,90)8/F/(0,90)8 where “F” means the 
starter release film. Nominal thickness of the 
specimen was 6.08 mm.  
ENF tests are conducted using universal test 

machine (SHIMADZU Autograph AGS-G) with 
loading capacity of 5 kN at the crosshead speed of 
0.5 mm/min. Experimental setup is shown in Fig.8. 
Procedures to evaluate the mode II delamination 

fracture toughness form the ENF test data were 
based on the Japanese Industrial Standards (JIS-
K7086) [3]. Load-displacement data obtained from 
ENF tests were used in the equations (1) and (2) to 
evaluate the mode II delamination fracture 
toughness GIIC. 
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where 
0a  : starter crack length 

CP  : critical load 

0C  : loading point compliance in initial elastic 
portion 

1C  : loading point compliance at critical load 

1a  : estimated crack length at critical load 
L   : half span between two support points 
B   : width of specimen 

 

4  Finite element analysis 

Two dimensional finite element models of the joint 
test pieces with taper angle of 10deg, 20deg and 
30deg were prepared to estimate the load when the 
initial failure occurred. Fig.9 shows the model of the 
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joint with the taper angle of 30deg. Face plates, core, 
resin films and splice plate were modeled using 4-
node plane elements. Beam elements were utilized 
to model the fastener bolts (Fig.9(a) and (b)). To 
simulate the tensile load application to the test piece 
through the universal joint, a master node is placed 
on the rotational axis of the universal joint and rigid 
elements were created between the master node and 
the nodes on one end of the test piece. Then, tensile 
load was applied to the master node of the rigid 
elements (Fig.9(c)). The close-up of the finite 
element model around the tapered core end is also 
shown in Fig.9(d) and (e). An initial delamination 
crack which initiated from tapered core end, 
propagated through interface between two resin 
films by 5 mm and extended into the solid laminate 
portion with the length of 2 mm was included in the 
analysis model. The energy release rate of the initial 
delamination crack was calculated utilizing the 
virtual crack closure method. Geometric nonlinear 
effect was included in the analysis and mode 
components of the energy release rate were defined 
based on the deformed shape around the crack tip. A 
new coordinate system x’-y’ were defined using the 
deformed position of nodes near the crack tip as 
shown in Fig.10, where the coordinate x’ was 
aligned to the dotted straight line which passes 
through the node i+1 and the point midway between 
node i and node i’. And mode I and mode II energy 
release rates were calculated based on the new 
coordinate system x’-y’ using the equations 

 ( )( 1) ( ') ( )
' ' '

1
2

i i i
I y y yG F u u

a
+= −

∆
  (3) 

 ( )( 1) ( ') ( )
' ' '

1
2

i i i
II x x xG F u u

a
+= −

∆
  (4) 

 I IIG G G= +   (5) 

where 'xF  and 'yF are components of nodal force 
and  'xu  and 'yu are components of nodal 
displacement in the new coordinate system. 
Superscripts (i+1), (i) and (i') represent the related 
nodes described in Fig.10. 

Finite element analysis was conducted using MSC. 
Marc 2008 r1. Mechanical properties of constituent 
materials used in the analysis are shown in Table 1 
and 2. In tensile tests of the joint test piece, plastic 
deformation of the aluminum splice plate was 
observed. Therefore, material behavior of the 
aluminum splice plate was assumed to be elastic 
perfectly plastic with the yield stress of σy = 155 
MPa. 

After conducting the analysis, the initial failure 
load of the panel joint was estimated as the load 
when the energy release rate of the initial crack 
included in the analysis model reached its critical 
value. In this estimation, the delamination fracture 
toughness which was experimentally evaluated 
through the procedures described in Sec 3 was 
employed as the critical energy release rate. 

 

5  Results 

5.1 Sandwich panel joint tensile test result 

Fig.11 shows the strain variation with the tensile 
load for the test piece with taper angle of 20deg 
(typical one test result is shown). Symbols shown in 
Fig.11 such as A, B, etc. identify the strain 
measuring points which are shown in Fig.4. As the 
tensile load increased, the strain of gauges D and H, 
which were attached to the top face near the tapered 
core end, increased. While, strains of gauges F and I, 
which were attached to the bottom face, decreased 
(compressive strains increased). These strain 
variations indicate that the bending deformation, in 
which the bottom surface became concave surface, 
occurred near the tapered core end.  
Fig.11 also shows that the strain of gauges E，J，

K and L, which are attached on the edge face near 
the tapered core end, rapidly increased when the 
tensile load increased over 19 kN. These abnormal 
strain variations indicate the sign of delamination 
crack initiation at the tapered core end. After 
abnormal strain variation occurred, the edge face of 
the test piece was visually inspected to find the 
delamination crack initiation. When the tensile load 
increased to 21.6 kN, a crack which initiated from 
tapered core end, propagated through the interface 
between two resin films by 5mm and extended into 
the solid laminate portion was observed. Fig.12(a) 
shows the photograph of the initial delamination 
crack. In the experiments, the load when the crack 
extension into the solid laminate portion was 
observed was defined as the initial failure load (In 
this test piece, the initial failure load was 21.6 kN). 
As the tensile load increased over the initial failure 
load, the crack propagated through the interface 
between two face plates. Fig.12(b) shows this 
delamination crack when the tensile load increased 
to 32.0 kN. 

Initial failure load of nine test pieces (three test 
pieces for each taper angle) are summarized in Table 
3. These test results show that the initial failure load 
increases if the taper angle decreases and thus 

3  
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indicate that the smaller taper angle is preferred to 
suppress the initial failure which occurs at the 
tapered core end. 

5.2 Delamination fracture toughness evaluation 
test result 

Fig.13 shows load -loading point displacement 
curves obtained from ENF tests of three specimens. 
Table 4 summarizes the data obtained from these 
curves and Table 5 shows the evaluated mode II 
delamination fracture toughness GIIC. When 
estimating the initial failure load of the panel joint 
test piece through the finite element analysis, mode 
II delamination fracture toughness of GIIC= 2.08 
kJ/m2 (mean value shown in Table 5) was utilized as 
the critical energy release rate. 
 

5.3 Finite element analysis result 

In order to validate the finite element model of the 
test piece, numerically calculated strains were 
compared with experimentally measured strains. 
Fig.14(a), 14(b) and 14(c) show the strains at 
measuring point A, B, C, D and F (see Fig.4) for the 
test piece with taper angle 10deg, 20deg and 30deg 
respectively when the tensile load is 15 kN. The 
mean value of three test pieces’ results is shown 
with diamond marker and the numerical result is 
shown with circle marker. Numerical results show 
good agreement with experimental results and the 
validity of the finite element model is confirmed. 
Fig.15 shows the relations between the total energy 

release rate of delamination crack included in the 
finite element model (see Fig.9(e)) and the tensile 
load for the taper angle of 10deg, 20deg and 30deg. 
Fig.15 shows that, at the same tensile load level, the 
total energy release rate decreases as the taper angle 
decreases. In other words, in order to obtain the 
same total energy release rate, panel joint with 
smaller taper angle needs higher tensile load. 
Related to the numerical results shown in Fig.15, 
Table 6 presents the mode I and mode II components 
of the energy release rate for the case of taper angle 
30deg. Table 6 shows the mode I ratio to the total 
energy release rates is less than 3 % in the load level 
from 0 to 30 kN. In the case of taper angle 10deg 
and 20deg, the mode I ratio is also less than 3% in 
the same load level. Therefore, the delamination 
crack can be considered to be in pure mode II 
condition. 

Assuming the critical energy release rate to be the 
mode II fracture toughness GIIC= 2.55 kJ/m2, which 
was obtained from the ENF test described in Sec 5.2, 

tensile loads at which the initial crack included in 
the model will propagate can be calculated. The 
tensile load obtained through this procedure is 
defined as estimated initial failure load in this paper. 
Estimated initial failure loads are presented along 
with the experimental results in Table 7. Both 
analytical estimations and experimental results show 
that the initial failure load increases as the taper 
angle decreases. And the initial failure load can be 
well evaluated through the finite element analysis, 
though there are some amounts of overestimation for 
the test piece with 30deg taper angle. 
 

6  Conclusions 

For the tapered end-closure type sandwich panel 
joint, it is clarified through the experimental and 
analytical investigations that the smaller angle of 
tapered panel portion is preferred to suppress the 
initial failure which occurs at the tapered core end. 
Therefore, to design the joints, the taper angle 
should be sufficiently small such that the crack 
initiation and propagation at the tapered core end do 
not occur before other modes of failure. 
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Fig.1 Configurations of a tapered end-closure type 

joint. 
 
 
 

 
Fig.2 Dimensions of the test piece. 

 
 
 
 

 
Fig.3 Detail dimensions of the test piece. 

 

 

 
Fig.4 Twelve strain measuring points on the test 

piece. 
 
 
 

 
Fig.5 Photographs of the test pieces. 

 
 
 
 

 
Fig.6 Panel joint tensile test setup. 
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Symbols 
in Fig.7 Description Dimension 

[mm] 
l Specimen length 140 
B Specimen width 20 
a0 Starter crack length 20 

d Starter film insert 
length 40 

L Half span between 
two support points 50 

r1 
Radius of loading 
apparatus 5 

r2 
Radius of support 
fixture 5 

 
Fig.7 ENF test specimen. 

 
 
 
 

 
Fig.8 ENF test setup. 

 
 
 
 
 
 
 
 
 
 

 
 
 

 
Fig.9 Finite element model of the joint test piece. 
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Fig.10 Coordinate system x’-y’ defined using the 

deformed position of nodes near the crack 
tip.  

 
 
 
 

 
Fig.11 Strain variations with tensile load (for the 

case of taper angle 20deg). 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 

 
Fig.12 Photographs of a delamination crack (for the 

case of taper angle 20deg). 
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Fig.13 Load vs. displacement curves obtained from 

ENF test. 
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(a) Taper angle 10deg 
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(b) Taper angle 20deg 
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(c) Taper angle 30deg 

Fig.14 Calculated and measured strains on the panel 
joint test pieces at tensile load of 15kN. 

 
 
 
 
 

 
 

 
Fig.15 Energy release rate variation with tensile load 

obtained from finite element analysis. 
 
 
 
 
 
Table 1  Mechanical properties of constituent plies 

of CFRP face plates[2]  

  
CFRP 
(0,90) 

RC=35% 

CFRP 
(+45,-45) 
RC=35% 

CFRP 
(0,90) 

RC=45% 

CFRP 
(+45,-45) 
RC=45% 

E11[GPa] 66.4 15.2 54.9 12.5 
E22[GPa] 8.61 8.61 8.61 8.61 
E33[GPa] 66.4 15.2 54.9 12.5 
ν12 0.331 0.0756 0.331 0.0755 
ν23 0.0429 0.0429 0.0519 0.0519 
ν31 0.0510 0.783 0.0510 0.784 

G12[GPa] 4.23 4.23 4.23 4.23 
G23[GPa] 4.23 4.23 4.23 4.23 
G31[GPa] 4.25 31.6 3.51 26.1 
1: In-plane longitudinal direction 
2: Thickness direction 
Note:The resin content (RC) of two plies which are 

adjacent to the foam core was increased from 
35% to 45% 

 
 
Table 2  Mechanical properties of constituent 

materials[2,4]  
 

 
PEI 

foam core 
Resin 
film 

Al splice 
plate Ti bolt 

E[GPa] 0.037 2.76 70.0 116 
ν 0.321 0.335 0.33 0.31 
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Table 3  Initial failure load obtained from tensile 

tests  
Taper angle 

[deg] No. Initial failure load [kN] 

10 
#1 28.2 

mean 
28.0 

#2 27.4 
#3 28.5 

20 
#1 21.6 

mean 
21.6 

#2 21.6 
#3 21.6 

30 
#1 17.1 

mean 
17.6 

#2 18.1 
-3 17.7 

 
 
 
Table 4  Data obtained from ENF test and used in 

equation (2)  
Specimen PC 

[kN] 
C0 

[mm/kN] 
C1 

[mm/kN] 
a1 

[mm] 
#1 2.14 1.16 1.22 23.4 

#2 2.04 1.16 1.21 22.8 

#3 1.87 1.16 1.22 23.4 
 
 
 

Table 5  Mode II fracture toughness GIIC  
Specimen GIIC [kJ/m2] 

#1 2.37 
mean 
2.08 #2 2.06 

#3 1.81 
 
 
 
Table 6  Mode components of energy release rate for 

taper angle 30deg  
Load 
[kN] 

GI 
[kJ/m2] 

GII 
[kJ/m2] 

Gtotal 
[kJ/m2] 

GI /Gtotal 
[%] 

5 0.003 0.117 0.120 2.47 
10 0.012 0.436 0.448 2.75 
15 0.030 1.000 1.030 2.92 
20 0.061 2.079 2.140 2.87 
25 0.108 3.707 3.815 2.84 
30 0.170 5.761 5.931 2.86 

 
 
 

 
Table 7  Initial failure load  

Taper angle 
[deg] 

Initial failure load [kN] 

Experiment 
Analytical 
estimation 

10 28.0 27.3 
20 21.6 21.9 
30 17.6 19.8 
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1 Introduction  

The term “closed-loop recycling” is defined here as 

the recovery, reprocessing and reuse of waste 

materials (preforms) by the industrial concern that 

generates the waste.  In other words, the waste 

material that is generated within the organisation is 

recovered, reprocessed and re-used to manufacture 

products of commercial value.  The current paper is 

concerned with the recovery, reprocessing and reuse 

of waste glass fibre preforms (fabric) that are 

generated during the primary (weaving) and 

secondary (coating and trimming) fabric production 

processes.  Traditionally, cardboard tubes are used 

as the mandrel to over-wrap the woven fabric.  

Although these cardboard mandrels are relatively 

cheap compared to polymeric or metallic mandrels 

they have a lifespan, on average, of three cycles 

(over-wrapping and transport operations).  Typical 

damage modes that are observed with the cardboard 

tubes during service are shown in Figs. 1 (a and b); 

the damaged tubes are generally disposed in landfills 

or incinerated. 

 

Whilst considerable resources continue to be 

directed to aspects of recycling fibre reinforced 

composites, comparatively little attention is paid to 

the recovery and reuse of waste generated in the 

production of the reinforcing fibres and fabrics.  A 

schematic illustration of typical waste streams for 

glass fibres and fabrics is presented in Fig. 2; the 

items numbered 1-7 represent the primary 

contributors to the waste stream.  The sub-categories 

per waste theme are also listed.  A detailed 

discussion per primary waste stream is outside the 

scope of the current article. Hence, only the waste 

stream corresponding to the preforms is discussed 

here; issues relating to the resin system and 

productions are discussed in a subsequent section.   

With reference to context of the current paper and 

Fig. 2, the preform of interest is a plain-weave 

fabric.  In general, the starting point is the 

preparation of the “beam” which involves threading 

and spooling the required number of “ends” or 

individual fibre bundles; the waste stream from this 

operation is minimal.  However, during the weaving 

operation, the edges of the fabric are generally 

trimmed to obtain the desired width of the fabric; 

this represents a sizeable waste stream.  The woven 

fabric is then wound or spooled onto cardboard 

mandrels.  The post-processing of the woven fabric 

is defined here as operations involving specified 

surface-treatments, recoating, cutting and shaping 

where significant volumes of off-cuts can be 

generated.   

 

Current European Union legislation and the demand 

for glass fibre-based preforms and composites 

continues to highlight the need to develop strategies 

to combat issues relating to waste minimisation, 

energy-efficient manufacturing and fit-for-purpose 

recycling.  Examples of EU legislation of relevance 

to composites are: (i) Directive 1999/31/EC on 

Landfill of Waste, (ii) Directive 2000/76/EC for 

Incineration of Waste and (iii) Council Directive 

2000/53/EC on End of Life Vehicles.  

 

The global market value and the volume of 

production for glass fibres in 2012 were estimated to 

be in the region of U$ 22.2 billion and 9.9 million 

metric tons respectively [1].  The global glass fibre 

textile industry is predicted to reach approximately 

U$ 4 billion in 2017 with a compounded annual 

growth rate of 7% over the next five years
 
[2], with 

significant demand being generated by the wind 

energy industry.  It has been estimated that the glass 

fibre composite materials market will be worth U$ 
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8.4 billion by 2015 [3].  Therefore, with reference to 

Fig. 2 and the increasing utilisation of composites, 

appropriate technologies will need to be developed 

to address each class of waste material that can 

potentially be generated during the production of 

fibre reinforced composites. 

 

The aims of the current paper are: (i) to illustrate the 

procedures that were developed to recover the waste 

glass fibre fabric produced during the weaving 

process; (ii) to deploy a recently developed modified 

wet-filament winding technique (so called Clean 

filament winding [4]) to manufacture filament 

wound tubes to replace the cardboard tubes that are 

used for over-winding the fabric; (iii) to assess the 

mechanical properties of these tubes; and (iv) to 

evaluate the long-term performance of the filament 

wound tubes on-site at the premises of an industrial 

concern.   

 

2 Experimental 

2.1 Materials 

Two types of industrially-generated waste E-glass 

fabrics were used in this study: “direct-loom waste” 

(DLW) and “waste slittings” (WS).  The DLW 

represents the edges of fabric that are trimmed off 

during the weaving operation to obtain the required 

width of the fabric.  The trimming of the edges of 

the fabric is shown in Fig. 3a and a magnified image 

of the DLW is illustrated in Fig. 3b.  With reference 

to Fig. 3b, the cut edge represents the weft fibres and 

these fibres are held in position by five rows of 

cotton stitches.  The function of these stitches is to 

retain spatial configuration of the weft yarns during 

and after trimming.   The generation of the WS is a 

post-weaving process where a coating is applied to 

the fabric prior to trimming. The secondary 

trimming operation where the WS is generated is 

shown in Fig. 4a and a magnified view is presented 

in Fig. 4b.   

 

The DLW and the WS were spooled as they were 

generated using a motorised winder.  The general 

appearance of the two types of spools are shown in 

Figs. 5 (a and b).  It was necessary to wind the waste 

fabric strips onto spools in order to unwind them in a 

controlled manner during filament winding. 

Two types of resin system were used to manufacture 

the filament wound tubes: an epoxy/amine 

(LY3505/XB3403) referred to as the “standard” 

resin; and a toughened epoxy/amine.  The WS and 

the DLW were used with the LY3505/XB3403 resin 

system to manufacture filament wound tubes in the 

laboratory and on-site.  The toughened resin system 

was used with the WS to produce tubes in the 

laboratory via a pin-winding process.   

 

2.2 Production of filament wound tubes 

(i) Laboratory-based production of tubes: The 

conventional (resin bath) and the “Clean” filament 

winding [4] techniques were used to manufacture the 

tubes for the laboratory-based evaluation and the site 

trials in industry.  Schematic illustrations of the 

conventional and Clean filament winding techniques 

are shown in Figs. 6 (a and b) respectively.   

The DLW and WS fabric strips were filament 

wound using a hoop winding pattern on 100 mm 

diameter mandrels.  A “reference” tube was also 

produced using 4-tows of continuous E-glass fibres 

(Hybon
®
  2026, PPG Industries, UK).  

(ii) Production of filament wound tubes for on-site 

trials to replace cardboard: The dimensions of the 

tubes required for the site trials were: an inner 

diameter (ID) of 152 mm and length of 1500 mm. 

Since the filament winding machine that was 

available in the laboratory was not capable of 

handling this diameter, and the weight of a 1500 mm 

steel mandrel, a pragmatic solution was improvised.   

A 2-axis filament winding machine (Winding 

Technology, UK) was modified to extend the axial 

winding length.  The problem associated with 

handling the weight of a steel mandrel was solved by 

commissioning the production of cardboard tubes 

with an outer diameter (OD) of 152 mm, a length of 

1500 mm and a wall-thickness of 15 mm.  The 

cardboard tubes were fitted with end-plugs to enable 

them to be mounted on the filament winding 

machine.  The ends of these tubes were fitted with 

collars with an array of pins; the function of the pins 

was to facilitate axial winding.  The outer surface of 

the cardboard tubes was covered with a release-film 

to prevent the resin system from soaking into it 

whilst filament winding and curing.  Figs. 7 (a and 
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b) show the spatial orientations of the hoop and axial 

WS layers in the dry and impregnated states 

respectively.  The following tubes were 

manufactured: a hoop-wound tube with the standard 

resin, a hoop-wound tube with the toughened resin 

and a hoop and axially-wound tube with the standard 

resin.  These tubes were cured using the 

manufacturer’s recommended processing schedules.  

After extracting the composite from the cardboard 

mandrel, the ends of the composite were trimmed 

and shipped to the industrial concern for the site 

trials to assess their suitability for replacing the 

cardboard tubes that are currently used to over-wind 

the woven fabric. 

(iii) Demonstration of on-site filament winding 

using WS: The aim of this particular aspect of the 

study was to demonstrate that the WS could be 

filament wound on-site under typical factory 

conditions.  This was carried on a 2-axis filament 

winding machine at the premises of an industrial 

company whose business operation is filament 

winding.  Angle and hoop-wound tubes were 

manufactured with the standard resin using a 

mandrel with a 169 mm OD and a 3000 mm length; 

this was the closest mandrel OD that was available 

to what was required for the site trials (152 mm 

OD).  A tube each consisting of hoop and axial 

winding was manufactured as shown in Figs. 8 (a 

and b) respectively. 

2.3 Evaluation of Physical Properties 

The physical properties (density, fibre volume 

fraction (FVF) and void content) of the 100 mm ID 

filament wound tubes were assessed using the 

following standards:  Density - ASTM D792; FVF - 

ASTM D2584; and void content - ASTM D2734.  

Rings of 20 mm widths were cut from the centre 

portion of the tubes using a water-cooled diamond 

cutting wheel.  With reference to the density 

meausrements,  six 20 mm squares were cut from 

around the ring and the edges were polished using 

800-grit abrasive paper.  The samples were dried in 

an air-circulating oven at 40 °C for 1-hour.  After 

density measurements were completed, the samples 

were dried, re-weighed and prepared for the resin 

burn-off eperiment to determine the FVF.  The resin 

burn-off experiments were carried out in a muffle 

furnace operating at 565 °C for 6-hours.  The 

procedures stipulated in ASTM D2734 were used to 

determine the void content.   

 

Sections of the previously mentioned rings were also 

potted and polished using conventional 

metallographic procedures. 

 

2.4 Evaluation of Mechanical Properties 

The hoop tensile tests were undertaken in 

accordance with ASTM D2290.  Six rings with 25 

mm width were obtained from each of the tubes that 

were produced in the laboratory.  Theses samples 

were notched and tested as specified in ASTM 

D2290.  The mechanical loading of the notched ring 

was carried out using a Zwick 1484 mechanical 

testing machine at a cross-head displacement rate of 

2 mm/min.   

 

The lateral compressive strength of the tubes were 

determined using the method outlined by Gupta and 

Abbas [5].  Samples of the cardboard tubes that were 

used on-site for over-wrapping the woven fabrics 

were also tested.  15 mm wide rings were cut from 

the composite and the cardboard tubes.  Lateral 

compression tests were carried out on an Instron 

5566 at a cross-head displacement rate of 1 mm/min.  

 

2.5 Life Cycle Analysis: Data Acquisition 

The life cycle analysis (LCA) was conducted on 

composite and cardboard tubes.  For the composite 

tubes, the LCA was performed on virgin plain 

woven and WS tubes.  Data for the WS tube were 

obtained from the resin burn-off experiment (36 % 

FVF).  With reference to the LCA, a comparison is 

made between tudes manufacture using three classes 

of materials to manufacture the tubes: (a) virgin 

plain weave fabric; (b) WS; and (c) cardboard tube.  

The assumption was made that masses of the virgin 

fabric and resin used in the production of the tube 

were similar to that required for the production of 

the WS tube.  The other assumption made was the 

plain weave fabric and WS composites were 

manufactured using Clean filament winding and 

were cured in a 12 kWh oven for 6 hours at 70 °C 

(259 MJ).  The energy used for the filament winding 

and resin dispensing machines was 6 MJ. The 
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volume of acetone that was required to clean the 

impregnator was  100 cm
3
.  

  

With reference to the cardboard tube, the thickness 

and the OD were 15 mm and 152 mm respectively.  

The density of the cardboard tube was 0.7 g/cm
3
.  

The adhesive used in the production of the carboard 

tube was Poly(vinyl alcohol). The energy used for 

winding the cardboard preform on a mandrel was 

assumed the same as for a composite, namely 3.6 

MJ.  In order to enable a comparison between the 

composites (WS and virgin plain weave) and 

cardboard tubes, three further assumptions were 

made: firstly, the LCA considered the production of 

25 cardboard tubes; and secondly, the life cycle of 

25 cardboard tubes was equivalent to one composite 

tubes. Finally, the length of composite and carboard 

tubes was assumed to be 1300 mm.  The end-of-life 

issues were not considered in this study.  A 

commercially-available software package, GaBi 5.0 

was used for the LCA studies.  A summary of the 

LCA data that were collected  is shown in Table 1. 

 

3 Results and Discussion 

3.1 Filament Winding 

Conventional and Clean filament winding: A 

schematic illustration of a typical resin bath-based 

filament winding process is shown in Fig. 6a. The 

key components are the fibre creels, tensioning 

systems, guides to control the trajectory of the 

fibres, a drum-based resin bath to impregnate the 

fibres, a traverse-platform and a rotating mandrel.   

A detailed discussion on the issues associated with 

the conventional resin bath-based manufacturing 

process can be found in reference [4].  A brief 

summary is presented here to demonstrate the 

relevance of the Clean filament winding technology 

for processing delicate fabric waste materials.  The 

concerns associated with conventional resin bath-

based production of filament wound tubes include: 

(i) the need to decant, weigh and mix (manually) the 

resin and hardener where there is a potential for 

errors in achieving the required stoichiometric ratios.  

The mixed resin is then poured into the resin bath 

and  re-filled manually; (ii)  in some instances, the 

stoichiometry is adjusted to take into account the 

ambient operating temperature in the factory 

(summer, winter, etc); (iii) the primary issue is the 

mandatory need to use copious volume of solvent to 

clean every component of the production equipment 

that comes into contact with the mixed 

resin/hardener system; (iv) the excess resin in the 

resin bath has to be transferred to a container and 

cross-linked.  Precautions have to be taken to ensure 

that this excess waste does not exotherm; and (v) 

only limited options are available to influence the 

impregnation process and these are primarily limited 

to the tension and the fibre haul-off rate.   

 

In the Clean filament winding process, the resin and 

hardener are stored in separate containers and are 

pumped on demand, in the required stoichiometric 

proportions, to a static mixer where they are mixed 

intimately.  The resin dispensing system has 

integrated sensors to monitor the ambient 

temperature and to heat the resin or hardener as 

desired.  Thus, it is possible to guarantee the 

temperature of the two liquids irrespective of the 

ambient temperature.  In the current case, the overall 

volume of the reservoir in the resin impregnation 

unit is 30 cm
3
.  The volume of solvent that is 

required to clean the impregnator at the end of each 

shift is 100 cm
3
 and the volume of the residual resin 

in the impregnation unit, including the static mixer, 

was 40 cm
3
.   In the case of a 5-litre resin bath, the 

volume of the residual resin that is retained is 2500 

cm
3
 and the volume of solvent required to clean it 

was measured to be 1500 cm
3
.  The time required for 

the cleaning operations for the Clean and resin bath 

techniques was 5 and 50 minutes respectively.  The 

Clean filament winding technique offers access to a 

number of parameters to influence the rate and 

degree of impregnation.  For example, the 

temperature, flow rate and the resin injection 

pressure can be selected as desired for specified 

fibres/fabrics. 

 

Filament winding using WS:  The WS material was 

relatively straightforward to filament wind using the 

two techniques because of its relative strength and 

the stability of the WS.  However, this was not the 

case with the DLW and it was only process this 

waste fabric using the Clean filament winding 

technique.  This is because the intrinsic strength of 

the DLW was significantly lower since the weft 

yarns were only held together by five rows of cotton 

stitches.  Unlike the WS tubes, the surface profile of 

the DLW tubes was highly irregular.  This was 
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primarily because: (i) its intrinsic strength was low 

and hence, no appreciable tension could be applied; 

(ii) during the winding process, the application of 

tension (on the cotton threads) forces the weft fibres 

upwards.  Hence, it was necessary to use an outer 

layer of peel-ply to control the spatial orientation of 

the fibres.  The relative widths of the DLW were 

variable from batch-to-batch.  Nevertheless, it was 

demonstrated that the DLW could be used to 

manufacture tubes using the Clean filament winding 

technique.   It is speculated that the DLW can be 

used to manufacture pipes where the surface 

topology is not an issue.   

 

Hoop/Axial Winding: The improvisation associated 

with the deployment of a 152 mm OD cardboard 

tube as the mandrel was a necessity as this was the 

ID that was required for the site trial.  The cardboard 

mandrel was extracted from the composite tube by 

degrading the cardboard mandrel in water.  One end 

of the tube was sealed with a plastic film to create a 

reservoir for water.  The inner-bore containing the 

water was permitted to soak into the cardboard tube 

overnight.   The water was decanted and the layers 

of the cardboard tube were peeled off manually.   

 

On-site winding using the WS: The philosophy 

behind the Clean filament winding technique is that 

it is simple to retrofit.  In this instance, the traverse 

arm of the filament winding machine was in close 

proximity to the mandrel, with the conventional 

resin-bath being located about two metres behind on 

a stationary platform. A demountable platform with 

fibre-guides was present on the traverse arm to 

control the trajectory of the impregnated fibre 

bundles before they were directed to the D-eye.  

Therefore, it was straightforward to mount the Clean 

filament winding impregnator unit onto this 

platform.  The mixed resin from the resin delivery 

system was connected to the impregnation unit.  

Hoop and angle-winding was demonstrated on a 

three metre, 169 mm OD mandrel.  The over-

wrapped mandrel was cured in an oven for six hours 

at 70 °C and then extracted using a hydraulic 

extraction unit.  Fig. 9a shows a photograph of the 

filament wound tubes.  The data presented in Fig. 9b 

demonstrates that by using appropriate processing 

conditions, a smooth surface-finish with a uniform 

wall-thickness can be obtained.   

 

3.2 Physical Properties and Image Analysis 

A summary of the results obtained from density 

measurments and resin burn-off experiments is 

shown in Table 2.  The FVF for the DLW and WS 

tubes were 26.02% and 40.12% respectively.  The 

FVF for the reference tube (hoop-wound virgin E-

glass fibre and epoxy/amine) manufactured via the 

Clean filament winding technique was 68%.  The 

open architecture of the DLW meant that it could 

soak up the resin with significant ease. However, it 

also meant that the propensity for air-entrapment 

was also significant.  On the other hand, the WS had 

a proprietary coating which was observed to impede 

the impregnation efficiency.  As seen in Fig. 10b, 

the void contents for the DLW and WS tubes were 

higher than that observed for the reference tube.  

These observations are corroborated on inspecting 

the micrographs presented in Figs. 11 (a and b).  In 

Fig. 11a, the variation in the spatial orientation of 

the weft fibres in the DLW is readily apparent.  Fig. 

11b illustrates the presence of resin-rich regions in 

between the layers of the WS.  Close inspection of 

Fig. 11b also indicates the presence of the 

proprietary coating that was applied to the fabric. 

 

3.3 Mechanical Properties 

Hoop Tensile Strength:  Fig. 12a shows the relative 

performance of the tubes manufactured from the 

reference (virgin E-glass rovings), WS and DLW. It 

is apparent from Fig. 12a that the DLW and the WS 

tubes have a considerably lower hoop tensile 

strength than the reference glass fibre tubes.  A 

number of reasons can be attributed for this 

observation.  Firstly, on inspecting Fig. 10a, it is 

seen that the fibre volume fractions are lower when 

compared to the reference tube.  Furthermore, the 

void content for the DLW and the WS are higher.  

Secondly, the reference tube was manufactured 

using continuous glass fibrs whereas the DLW 

consisted of short length of E-glass fibres where 

their spatial orientation during filament winding 

could not be controlled as desired.  Finally, it was 

not possible to apply significant tension to the DLW 

and WS during filament winding.  Therefore, it is 

likely that the degree of impregnation at the mandrel 

was lower when compared to winding with 

continuous virgin glass fibres. 
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Lateral Compression:  From Fig. 12b it is apparent 

that all the tubes manufactured from the WS, DLW 

and the hybrid waste fibre tubes are superior lateral 

compressive strengths when compared to the 

cardboard tube.  An interesting point to note is that 

up to approximately 30% of the failure load, the 

tubes manufactured using the waste fabrics strips 

showed elastic recovery when the applied load was 

removed.  However, in the case of the cardboard 

tubes, the deformation was permanent after 

approximately 15% of the ultimate failure load.   

 

3.4  On-site Performance Trials 

The three tubes that were manufactured in the 

laboratory using the WS were subjected to 

performance trials to assess their fit-for-purpose to 

replace the cardboard tubes.  At the time of writing, 

the WS tubes had undergone 19-cycles.  Typically, 

shafts, hoists and forklift are used to lift and 

transport the over-wrapped fabric to specified 

stations for post-processing.  The over-wrapping and 

the unwinding of the fabric at the end of post-

process is defined as one cycle.  As indicated 

previously, the cardboard tubes, on average, only 

sustain 3-cycles in the factory before being removed 

from circulation.  Fig. 13a shows typical damage 

inflicted on the WS tubes after 14-cycles in the 

factory.  The damage is limited to the inner-bore and 

it mainly relates to surface scratches caused by 

inserting the lifting equipment into the bore.  Fig. 

13a also shows that the outer-surface of the WS 

tubes is relatively undamaged.  Fig. 13b shows two 

of the WS tubes with the over-wrapped fabric 

awaiting shipment. 

 

3.5  LCA 
WS versus virgin plain weave fibres: It is 

emphasised that the virgin plain weave fabric has 

been included only as a comparison for the LCA.  

Although tubes are manufactured using fabrics for 

specified applications, this was not undertaken in the 

current study.  As expected, Fig. 14 demonstrates 

that the environmental impact of WS is lower than 

the of the virgin plain weave composite tubes.   

 

WS versus Cardboard tubes: With reference to Figs. 

12 (a and b), it is apparent that the tubes 

manufactured using the WS have significantly 

higher lateral compressive strength than the 

cardboard tubes.  A detailed visual inspection of the 

WS tubes, which are currently undergoing site trials, 

did not indicate the presence of any damage that 

would impede their continuous deployment as a 

replacement for cardboard tubes. Since these WS 

tubes were performing as required after 19 cycles (at 

the time of writing), it is justifiable to assume that 25 

cardboard tubes would be needed to match the 

length of service of one WS tube in the factory.  Fig 

14 shows the environmental impact of the WS tubes 

is much lower than the quantity of cardboard tubes 

required to match the same service-time as one WS 

tube.  The environmental impact of the composite 

tubes can be lowered further by: (i) using room 

temperature curable resin; (ii)  using a low-cost lathe 

to enable to manufacture the WS composites in the 

factory.  

 

General Discussion 

The concept of “closed-loop recycing” was 

demonstrated successfully.  Here, a waste stream 

that is generated in the weaving process, namely the 

WS, was collected and reprocessed to manufacture 

commercially relevant filament wound tubes with a 

view to replace the cardboard tubes that are 

currently used to over-wind the fabric.  A visual 

inspection of the WS tubes (after 19 cycles) 

indicated the absence of any significant service-

induced damage; thus, it can be concluded that the 

WS tubes can be used for many more cycles in the 

factory.  It is worth reiterating that cardboard tubes, 

on average, last only 3-cycles. However, this does 

raise interesting questions about the recyclability 

and reuse of these tubes.  For example, in the current 

case, if the three WS tubes reach the stage where the 

scratches on the inner-bore become a source for 

concern, new repair techniques can be developed. 

 

Accepting the dangers of gross generalisation, 

current recycling strategies generally require the 

composite component to be cut down to managable 

dimensions prior to re-processing.  An alternative 

approach is to use the composite structure, in its 

current form, for secondary applications. 

 

Conclusions 

A number of techniques were developed to facilitate 

the recovery, reprocessing and reuse the DLW and 
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WS.  An existing motorised fibre spooling unit was 

modified to enable the DLW and the WS to be 

wound onto bobbins to enable them to be unspooled 

in a controlled manner for filament winding. 

 

It was demonstrated that the Clean filament winding 

technique can be used to manufacture filament 

wound tubes using delicate waste fabric strips.  The 

Clean filament winding technique was retrofitted to 

an industrial machine and hoop and axial-wound 

tubes were manufactured on-site.  Although the ID 

of these tubes was inappropriate for the site trials, it 

did demonstrate conclusively that the WS can be 

used to manufacture tubes with a good surface-

finish. 

 

In order to manufacture the tubes with an ID of 152 

mm, it was necessary to improvise a fabrication 

method in the laboratory.  Here, a cardboard 

mandrel was used in conjunction with an improvised 

technique to enable the WS to be laid in the axial 

and hoop directions.  The cardboard mandrel was 

extracted by soaking the inner-bore of the cardboard 

mandrel in water.  The surface-finish of the three 

tubes that were manufactured was subjected to the 

rigors on-site.  At the time of writing, the three tubes 

had successfully completed 19-cycles.   

 

Given the fact that the cardboard tubes only last 

three cycles, the economic and environmental 

benefits of this closed-loop recycling philosophy 

using the WS has been vindicated.   Although not 

discussed in this paper, the feasibility of using the 

WS in pultrusion was also demonstrated 

successfully. 
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Figs. 1(a and b): Illustration of typical damage modes observed 

in the cardboard tubes that are used to over-wind the fabric. 

(b) 

(a) 
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Fig. 2  Schematic illustration indicating the generalised waste streams that can potentially be generated for organic matrix fibre 

reinforced composites. 

   

 Figs. 3 (a and b): (a) Illustration of the generation of the DLW; and (b) magnified view of the DLW showing the stitched weft yarns 

being secured in position by the cotton-stitches. 

  

Figs. 4 (a and b): (a) Photograph showing the slitting operation where the edge of the fabric is trimmed and this waste is referred to as the 

waste slitting; and (b) magnified view of the waste slitting. 
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Figs. 5 (a and b): Photographs showing a bobbing of the: (a) DLW; and (b) WS. 

 

Figs. 6 (a and b): (a) Conventional resin bath-based filament winding.  The coded items A-F are as follows: A-creels; B-fibre guides and 

tensioning devices; C-traverse platform; D-rotating mandrel; E-pin or drum-based resin bath; F-impregnated fibre bundles. 

(b) Clean filament winding.  Items A, B, C, D and F are identical to those cited in Fig. 6(a).  Here, item E represents a custom-designed 

resin impregnator that is mounted on the traverse-platform (C). 

   

Figs. 7 (a and b) Photograph showing the spacial orientations of the hoop and axial WS layers in : (a) dry WS and (b) impregnated WS.  

(b) 

(b) (a) 

(b) (a) 

10 cm (a) 
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Figs. 8 (a and b) Industrial winding with WS using the Clean filament winding technique to produce: (a) hoop-wound tube on a 169 mm 

OD mandrel; and (b) angle-wound tube on a 169 mm OD mandrel.  The length of the mandrel was 3 m. 

Composite Tubes 

Tubes 
Epoxy resin 

(kg) 

Plain weave 

fabric 

(kg) 

WS 

(kg) 

Power consumption for 

filament winding process 

(MJ) 

Power 

consumption for 

curing 

(MJ) 

Acetone for 

cleaning 

(kg) 

Plain weave 

tube 

4.8 6.8 - 5.9 259 0.1 

WS Tube 4.8 - 6.8 5.9 259 0.1 

25 Cardboard Tubes 

Tubes Paper 

(kg) 

PVA adhesive 

(kg) 

Power consumption for winding 

machine 

(MJ) 

Cardboard 150 15 90 

Table 1 Summary of the data collected for the LCA input. 
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Figs. 9 (a and b): (a) Photograph showing the three tubes produced for industrial site trials; and (b) Graph demonstrating the uniform 

wall-thickness of one of the hoop wound tubes. 
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Table 2 Summary of the results obtained from density measurments and resin burn-off experiments. 
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Figs. 10 (a and b) Graphs showing: (a) FVF of tubes produced in-house; and (b) void content of tubes produced in-house.  CFW=clean 

filament winding.  WS=waste slitting. DLM=direct-loom waste. 

 

  

Figs. 11 (a and b): (a) Micrograph of  a DLW sample showing significant variations in the orientation of the weft fibres.  The presence of 

large resin-rich areas is readily apparent along with the presence of voids. (b) Micrograph showing the impregnated warp and weft fibres 

in the multi-layered WS composite.  The inter-layers consist of a proprietary coating that was applied to the fabric at the time of 

production and the epoxy/amine layer. 

Property Virgin E-glass: Clean 

filament winding 

Waste slitting: Clean 

filament winding 

Direct loom waste: Clean 

filament winding 

Density (g/cm
3
) 2.108 ± 0.04 1.69 ± 0.004 1.51 ± 0.004 

Fiber volume fraction (%) 68.10 ± 2.57 40.12 ± 2.77 26.01 ± 1.47 

Void content (%) 0.50 ± 0.04 3.05 ± 0.93 1.04 ± 0.11 

(a) 

(a) (b) 

(b) 
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Fig. 12 (a and b) (a) Hoop tensile strength of waste glass fabric compared to virgin glass rovings. (b)The lateral compression strength of 

filament wound tubes compared to cardboard tubes.  The term “hybrid” represents the case where skin/core sandwich composite tubes 

were manufactured with the DLW acting as the core and the WS as the inner and outer-skins. 

 

  

Figs 13 (a and b): (a) Photograph showing the typical damage inflicted on the WS tubes after 14 cycles in the factory. (b) Photograph 

showing two WS tubes with the over-wrapped fabric awiating shippment.  

 

 

Fig. 14 Environmental impact produced from manufacturing composite and cardboard tubes.  The data have been normalised to the 

production of 25 cardboard tubes. 

(b) 

(a) (b) 

(a) 

ICCM19 2841



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
A major drawback of bacterial cellulose (BC), or 
indeed any other native nanocellulose, is its inherent 
hydrophilicity, which results in poor adhesion to 
hydrophobic polymer matrices, such as polylactide 
(PLA). This can be overcome by modifying the 
surface of cellulose crystals to improve 
compatibility to a matrix, usually accomplished by 
grafting various hydrophobic moieties onto the 
surface [1]. Polymers have also been grafted ‘‘onto’’ 
or ‘‘from’’ the nanocellulose, this has yielded 
nanocomposites with improved properties [2]. 
However, such crosslinking and grafting strategies 
typically involve complex chemistry, large excesses 
of the grafting agent and require rather harsh 
conditions. Alternatively, the polymer matrix (for 
example, PLA) can, in some cases, be modified, by 
incorporating or grafting maleic anhydride or 
methylene diisocynate moieties onto the polymer 
backbone to enhance the nanofibre–matrix interface 
[3]. Such modifications of PLA are problematic, 
suffering from low yields (0.7–3 mol% only) and 
complicated side-reactions leading to chain 
degradation. In addition to this, grafting maleic 
anhydride onto PLA does not always result in 
improved mechanical performance of the 
nanocomposites. The poor mechanical performance 
of these composites can be attributed to polymer 
chain degradation as a result of incorporating 
maleated PLA into the matrix. Furthermore, all the 
current strategies involve petrochemicals, some of 
which are toxic, thereby reducing the bio-derived 
content of the composites. We have previously 
reported the preparation of a new lactone 1 (Fig. 1), 
derived in three high yielding steps from D-

gluconlactone [4]. Copolymers of 1 and lactide (e.g. 
RP1, Fig. 1) were significantly more hydrophilic 
than PLLA. Herein, we investigate the application of 
RP1 as a bio-derived compatibiliser for the 
production of PLLA–BC nanocomposites with 
improved mechanical properties. 
 

 
Fig 1. The synthesis of RP1 from monomer (1) and L-lactide. (a) 
Toluene, Sn(OBu)2:1:LLA=1:350:1650, 120°C, 20 h. 
 
2. Results and discussion  
In order to assess its suitability the wettability of BC 
nanofibrils by RP1 was characterised. This was 
accomplished by the measurement of the contact 
angles between polymer droplets deposited on to BC 
fibres. It involves precipitating the polymer onto BC 
fibres, followed by heating to melt the polymer. The 
polymer droplets, on a single BC fibre, were imaged 
using SEM and the contact angles were determined 
using the generalised drop length-height method. 
SEM image of polymer droplets on single BC 
nanofibre is shown in Fig. 2. The contact angle 
measurements showed that RP1 indeed possessed a 
higher affinity (Table 1), i.e. lower contact angle, 
towards BC nanofibres than PLLA. The contact 
angles decreased from 35.4° for PLLA to 14.9° for 
RP1. This decrease can be attributed to the higher 
hydrophilicity of RP1 compared to PLLA. 
Additionally, a polymer blend containing 5 wt.-% 
RP1 in PLLA showed a lower contact angle than 
that of PLLA, indicating the improved adhesion 
between the polymer blend and BC.  

CARBOHYDRATE DERIVED CO-POLY(LACTIDE) AS 
COMPATIBILISER FOR BACTERIAL CELLULOSE 
REINFORCED POLYLACTIDE NANOCOMPOSITES 
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Fig.2 Typical example of SEM images showing polymer droplets on a 
single BC nanofibre. (a) PLLA and (b) PLLA and RP1 (5 wt.-%). 
 
Table 1. The wettability of the polymers, PLLA, RP1 and the blend, on 
BC nanofibrils. 

Polymer Contact angle (°) 
PLLA 35.4 ± 1.6 
PLLA-RP1 29.0 ± 2.7 
RP1 14.9 ± 2.7 

 
Table 2. The mechanical properties of BC (5 wt.-%) reinforced PLLA, 
with and without RP1 (5 wt-%) as the compatibiliser.  
Samples E (GPa) σ (MPa) 
PLLA 4.08 ± 0.07 63.1 ± 2.0 
RP1 3.74 ± 0.04 35.6 ± 1.9 
PLLA-RP1 (5 wt.-%) 3.75 ± 0.05 56.1 ± 1.1 
PLLA-BC (5 wt.-%) 4.55 ± 0.03 57.8 ± 5.9 
RP1-BC (5 wt.-%) 4.33 ± 0.09 51.9 ± 0.5 
PLLA-RP1 (4.75 wt.-
%)-BC (5 wt.-%) 4.71 ± 0.13 67.4 ± 1.1 
E and σ denote the Young’s modulus and tensile strength, respectively.  
 
Tensile tests showed that RP1 has a lower Young’s 
modulus and lower tensile strength than PLLA. Its 
lower stiffness and strength are likely due to this 
reduction in crystallinity, presumably caused by the 
two acetyl substituents. Blending 5 wt.-% RP1 with 
PLLA resulted in a reduction of the tensile strength 
of the blend, which decreased by 12% from 63.1 
MPa to 56.1 MPa. As expected, the incorporation of 
the stiff BC (5 wt.-%) into PLLA resulted in a higher 
Young’s modulus compared to PLLA, increasing by 
12% (from 4.08 GPa to 4.55 GPa). The rule-of-
mixtures for composite materials predicts that the 
introduction of a stiff filler/reinforcement (in this 
case, the stiff BC nanofibres) into a softer polymer 
matrix (in this case, PLLA) will improve the 
Young’s modulus of the composite. However, the 
tensile strength of the PLLA-BC (5 wt.-%) 
nanocomposite decreased by 10%, from 63.1 MPa 
for PLLA to 57.8 MPa. This is consistent with our 
previous findings and is a result of insufficient 
interfacial adhesion between BC nanofibrils and 
PLLA. When BC nanofibres were used as filler (5 
wt.-%) for RP1, the Young’s modulus of the 

resulting nanocomposites increased from 3.74 GPa 
to 4.33 GPa (table 2). It is important to note that the 
tensile strength of the RP1-BC nanocomposite also 
improved from 35.6 MPa to almost 52 MPa. This 
improvement is attributed to the better affinity 
between BC nanofibrils and RP1, which enables 
efficient transfer of stress from the matrix to the 
reinforcing nanofibres. The direct wetting 
measurements corroborate the tensile properties of 
the nanocomposites (see table 1). 
 
3. Conclusions 
In conclusion, we reported the use of a bio-derived 
PLLA copolymer (RP1) as a compatibilising agent 
to produce BC reinforced PLLA nanocomposites 
with high stiffness and strength. The preparation of 
BC-PLLA nanocomposites, using 5 wt.-% RP1 as 
the compatibiliser, resulted in an improvement of 
both the Young’s modulus (15% higher) and the 
tensile strength (7% higher) compared to the PLLA-
BC composite. BC nanocomposites with high BC 
loading of 60 vol.-% was also manufactured. A 
Young’s modulus and tensile strength of 6.5 GPa 
and 125 MPa were achieved, respectively (results 
not shown). The bio-derived copolymer enables 
enhanced fibre-matrix stress transfer leading to 
better performance. The approach is completely 
different to the conventional use of petrochemically 
derived compatibilisers, such as maleic anhydride 
grafted PLA, and highlights the potential to use bio-
derived polymers to prepare fully renewable 
composite materials.  
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Summary 
An experimental study of in-plane compressive 
behaviour of carbon/epoxy-skinned and E-
glass/epoxy-skinned sandwich panels was 
conducted. For the former, two carbon/epoxy skin 
thickness combinations were 8/6 plies and 16/12 
plies. Both cross ply (CP) and quasi-isotropic (QI) 
lay-ups were used in each combination. For the 
latter, two E-glass/epoxy skin thickness 
combinations of 8/8 and 16/16 plies were used with 
both being in a cross ply lay-up. The majority of 
sandwich panels were impact-damaged with their 
dominant damage mechanisms being characterised. 
All impact-damaged and baseline panels were in-
plane compression tested. The effects of impact 
damage, lacking symmetry, skin thickness, skin lay-
up and core density on CAI strength were examined. 

1 Introduction 

Composite sandwich structures have been widely 
used in the aerospace, marine, automotive, railway 
and wind energy industries because of their high 
specific bending stiffness and strength against 
distributed loads. They have increasingly been 
expected to be damage-tolerant and energy-
absorbing under concentrated impact loads. A 
multitude of damage mechanisms could occur over a 
range of impact energies, thereby affecting their 
subsequent residual in-plane compression (popularly 
known as compression-after-impact (CAI)) 
performance. When the variation of skin thickness 
and lay-up, panel symmetry and core density was 
added, the combined effects on the CAI behavior of 
the sandwich panels become extremely complex. 
This has highlighted the need for a thorough 
understanding of the in-plane compressive behaviour 
of sandwich structures, in order for these sandwich 
panels to be effective against localized impacts.  

The research programmes at Loughborough 
University have been carried out to systematically 
investigate the in-plane compressive behaviour of 
intact and impact-damaged composite sandwich 
panels with both aluminium and nomex 
honeycombs. In two early reports [1-2], damage 
mechanisms in both aluminium and nomex 
honeycomb sandwich panels induced via both 
impact and quasi-static loads were ascertained; the 
effects of skin thickness, core density and material, 
indenter nose shape, panel diameter and support 
condition on the damage characteristics were 
studied. The energy-absorbing characteristics of the 
identified damage mechanisms were examined. In a 
subsequent report [3], the in-plane compressive 
behaviour of intact and impact-damaged symmetric 
sandwich panels with aluminium honeycomb core 
was discussed. This paper presents some results of a 
further investigation of how the variation of skin 
thickness and lay-up, panel symmetry and core 
density affects the in-plane compressive behaviour 
of composite sandwich panels. The use of the E-
glass/epoxy skins was intended to gain the insight of 
damage propagation in in-plane compression. 

2 Sandwich panel manufacture and preparations 

Carbon/epoxy laminate skins were made of 
unidirectional carbon/epoxy 34-700/LTM45 prepreg 
with a ply thickness of 0.128 mm. For symmetrical 
panels, both cross-ply lay-up of (0/90)(2)s and quasi-
isotropic lay-up of (45/0/-45/90)(2)s were used. For 
unsymmetrical panels, two combinations of skin 
thicknesses were used with the same ratio of the 
thicker skins to the thinner skins. One 
unsymmetrical panel had a combination of 8 plies 
and 6 plies in their two skins. The other 
unsymmetrical panel had a combination of 16 plies 
and 12 plies in their two skins. When the lay-up was 
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quasi-isotropic, the thinner skins were in a multi-
directional lay-up of (45/0/-45)(2)s. Two densities of 
5052 aluminium honeycomb core were combined 
with the carbon/epoxy skins. They were 70 kg/m3 
and 130kg/m3 both with a depth of 12.7 mm The 
denser core was coupled with the thinner cross ply 
skin arrangement only. Adhesive VTA260 was used 
for interfacial bonding.  
 
The E-glass/epoxy-skinned sandwich panels were 
made using the same method as described above. 
The laminate skins were made of a UD E-
glass/epoxy PPG1062/LTM26 prepreg. Two 
thicknesses of symmetrical E-glass sandwich panels 
were constructed, a thin 8/8 ply cross ply in (0/90)s, 
and a thick 16/16 ply cross ply in (0/90)2s. As with 
the carbon/epoxy sandwich panels, a 12.7mm thick 
5052 aluminium core with a density of 70kg/m3 was 
used with VTA260 adhesive. 
 
Skin laminates of 300×300 mm were laid up and 
cured in an autoclave at 60°C under a pressure of 
0.62 MPa (90 psi) for 18 hours for the carbon/epoxy 
skins, and 6 hours for the E-glass/epoxy skins. The 
0° direction of carbon and glass fibres within the 
skins was aligned with the ribbon direction of 
honeycomb core. Each skin was separately bonded 
to the core in an oven at 60°C for 16 hours under a 
pressure of 0.1 MPa (15 psi). The sandwich panel 
was then cut into two nominal 200 mm×150 mm 
specimens with the longer side aligned with the 
direction of compressive loading.  
 
To prepare a panel for in-plane compression, the 
core at the panel ends intended for applying 
compressive load was scored and indented to a depth 
of about 4 mm (slightly more than one cell size). 
End pots were cast in a mould from hardened epoxy 
at the panel ends to prevent an end-brooming failure 
and the two potted ends were machined to parallel. 
Back-to-back strain gauges were then bonded on the 
panel surfaces at selected locations in both the 
longitudinal and transverse directions (see Fig. 1(a)) 
to monitor mean and panel bending strains. These 
strain data allowed both local and global behaviour 
of the panels to be examined. 

3 Experimental procedures 

3.1 Drop-weight impact tests 

Impact tests were carried out on an instrumented 
drop-weight impact rig shown in Fig. 2 by using a 
hemispherical impactor of 20 mm diameter with a 
1.5 kg mass. Impact energies were regulated by 
selecting desired drop heights and ranged from 5 J to 
45 J in this investigation. Each rectangular sandwich 
panel of 200 mm by 150 mm with a circular testing 
area of 100 mm in diameter was clamped by using a 
clamping device. For the unsymmetrical panels, the 
thicker skin side was impacted. Both impact and 
rebound velocities were measured respectively and 
this allows absorbed energies to be calculated 
directly. Impact force was recorded by a data 
acquisition system. At some selected impact energy 
levels, one impacted panel was cut up for an 
examination of damage mechanisms and the other 
was compression tested. The range of impact 
energies for the E-glass/epoxy panels differed 
slightly to the carbon/epoxy panels, with precaution 
being taking not to over damage them.  

3.2 In-plane compression test 

In each in-plane compression test, a panel was 
placed in a purpose-built support jig, as illustrated in 
Fig. 1(b). The jig provides simple support along the 
unloaded edges, which were free to move in the 
width direction during loading. Quasi-static load was 
applied to the panel at the machined ends via a 
Denison testing machine at less than 0.5 mm/ min. 
Load, strain and cross-head displacement in all tests 
were recorded. All tested panels were cut up for 
study of damage mechanisms. The loading direction 
coincided with the 00 direction in the skins of panels. 
 
Before the compression tests, a hand held USB 
microscope, shown in Fig. 3, was set up at the side 
of the compression jig, giving the ability to capture 
in-situ sequential images of the central region of the 
sandwich panels. Pictures were taken at intervals 
during the test, starting from 15kN, then every 
10kN. The intervals were shortened as the expected 
failure load approached.   
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4 Damage mechanisms and energy absorption  

4.1 Thin carbon/epoxy panels with 70kg/m3 core 

The initiation and propagation characteristics of 
damage mechanisms in impacted sandwich panels in 
bending were examined extensively via impact 
response curves, visual observations with the aid of 
systematic microscopic inspections and cross 
sectioning. These techniques that were shown in [1-
3] to be very effective were deployed for current 
sandwich panels. The energy-absorbing 
characteristics of the impacted thin symmetrical 
panels are shown in Fig. 4 for two types of panels 
with skins in cross-ply and quasi-isotropic lay-ups. 
In the initial region, a linear increase in energy 
absorption is around two thirds of impact energy. As 
in the thick panels, the initial damage was found to 
be due to core crushing, with some delamination 
observed. The initial damage was followed by a 
continued core crushing with either the onset or 
propagation of delaminations. Once skin fracture 
occurred, the absorbed energy is increased abruptly 
up to over 90%. Shown in Fig. 5, the overall energy-
absorbing features of unsymmetrical cross-ply and 
quasi-isotropic panels are very similar to those from 
the symmetrical panels. It is noticeable that the 
region in which fiber fracture is likely to occur is 
once again bigger in the unsymmetrical panels.   
4.2 Thick carbon/epoxy panels with 70kg/m3 core 

Impact at the lower end of the impact energy range 
typically produces a surface dent, as shown in Fig. 6. 
An upper end of impact energy range resulted in ply 
fracture on the impacted skin, as shown in Fig. 7. 

Current cut–up specimens exhibit the salient features 
from their damage mechanisms very similar to those 
established in the symmetrical sandwich panels [1-
3]. The initial damage was found to be due to core 
crushing. In some cases, small delamination in the 
impacted skin was also observed. The initial damage 
was followed by a continued core crushing with 
either the onset or propagation of delaminations. 
Eventually, skin ply fracture occurred. These early 
onset mechanisms are responsible for around 70% of 
absorbed energy in the panels, for both symmetrical 
and unsymmetrical panels, as seen in Fig. 8 and Fig. 
9, with the occurrence of fiber fracture increasing 
this absorption to upwards of 95%. In symmetrical 
panels, the point at which fiber fracture occurs is 

typically just before 60J (Fig. 8). Comparatively, the 
unsymmetrical panels exhibit a more ambiguous 
point of fiber fracture, resulting in a region from 35J 
up to 60J where fiber fracture has been observed 
(Fig. 9).   A cross section of a damaged 
unsymmetrical 16/12 panel impacted at 35J is shown 
in Fig. 10, which shows extensive crushed core and 
skin delaminations in the impacted (16-ply) skin. 
The bottom (12-ply) skin remained intact in all cases 
and the maximum crushed depths at the upper end of 
the impact energy ranges reached about the middle 
of cores at the highest impact energy. This offers 
some experimental evidence to justify the desire for 
removing a couple of plies in the distal skin for 
further weight reduction while maintaining the 
impact damage resistance. There was no local skin-
core debonding. The extent of crushed core was 
generally greater than the extent of skin 
delamination. There was no noticeable difference in 
these characteristics between symmetrical and 
unsymmetrical panels.  

4.3 Thin carbon/epoxy panels with 130kg/m3 core 

Damage mechanisms for the dense core panels 
differed considerably from the lower density panels. 
Due to the higher stiffness of the core, initial 
damage was absorbed by propagation of 
delamination in the impacted skin, with core crush 
length being less than the measured delaminations. 
As the impact energies were increased the 
development of the delaminations and the core 
crushing was very limited, considering the continued 
absorption of the impact energy by the panel with no 
fiber fracture being noticed, interfacial core/skin 
debond was occurring in the midrange of the impact 
energies. Eventually, fiber fracture in the impacted 
skin was observed, which is coupled with the 
increase of absorbed energy to above 95%, shown in 
Fig. 11 as seen in the lower density tests as well.  A 
cross section of a damaged 8/8 panel impacted at 25J 
is shown in Fig. 12. It is important to note that as in 
the lower density panels; there is no damage 
propagation in the distal skin. More importantly, this 
image shows the contrast between the developments 
of the damage mechanisms when compared to the 
lower density core. Immediately it can be seen there 
is interfacial debonding between the impacted skin 
and core. Lateral extension of core crush is very 
limited, and the maximum crushed depth is only just 
approaching ¼ of the overall core depth. Multiple 
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delaminations in the top skin have extended to 
extremities of the image. Very few differences in 
damage propagation and characteristics were noted 
between symmetrical and unsymmetrical panel 
arrangements. The only difference of note, seen in 
Fig. 11, is the earlier onset of fiber fracture in the 
symmetrical panels. Although the margins are tight, 
this difference could be due to the slightly higher 
stiffness of the symmetrical skins, making them 
more susceptible to localized damage, causing them 
to be more likely to experience fiber fracture. 

4.4 Symmetrical E-glass/epoxy panels with 
70kg/m3 core 

The three usually non visible damage mechanisms 
can now be identified due to the translucency of the 
skins without the need for destructive inspection. As 
shown in Fig. 13 by the 3 dashed circles, 
delamination, debond, and core crush (from inner to 
outer circles) are all easily recognisable by visual 
inspection. Interestingly the 0° and 90° directions for 
core crush and delamination regions can now be 
recorded, allowing comparison of damage 
propagation in both main fiber directions. The final 
visible damage mechanism caused by impact at the 
lower end of the impact energy range is a surface 
dent in the impacted skin, shown clearly in Fig. 14. 

With the damage mechanisms established, it is 
identified that in a similar manner seen in the 
carbon/epoxy panels, initial damage is found to be 
core crushing, with a sharp increase in core crush 
length measured in even low impact energies. Due to 
the similarity in trends in the lower range of impact 
energies for core crush lengths and absorbed energy, 
it can be inferred that the core is the primary damage 
mechanism in initially absorbing the impact, further 
confirming the importance of the cores role in 
impact performance as seen in the carbon/epoxy 
tests. Delaminations were found only in the 
impacted skin in both thicknesses of panel, with the 
thick skins developing larger delaminations than 
then the thin skins at the higher range of the impact 
energies. This is likely due to energy of the impact 
being absorbed by the occurrence of interfacial 
debond in the thin panels between the 10-15J range. 
Fiber fracture was only observed in the thin skinned 
panels at 35J, and can be seen in Fig. 15 to increase 
the energy absorbed to around 95%. The grey region 

in the figure indicated an area of uncertainty as to 
where fiber fracture will definitively occur. As 
mentioned, a cautious approach was used in testing 
the thicker panels, with the final impact energies not 
being enough to cause fracture in the impacted skin, 
hence the trend is shown to be wholly linear in Fig. 
15. 

Fig. 16 shows one of only 2 cross sectioned panels 
used to validate the visual inspections of the damage 
mechanisms. In the 16 ply panel, which was 
impacted at 18J, a single delamination at the 
midpoint of the skin can clearly be seen in the top 
impacted skin, whereas the bottom skin remains 
undamaged. Core crush extent can be seen to be the 
dominating damage mechanism, extending much 
beyond the delamination length. A small amount of 
core debond can be seen in the central region under 
the impact location.  

5 Residual in-plane compressive behaviour 

The in-plane residual compressive behaviour of the 
damaged sandwich panels was very complex due 
primarily to two factors. One is that the sandwich 
itself was complex structure on its own during in-
plane compression because the two skins were 
stabilised by the core to some degree. When one 
skin was impact damaged, the equal contribution 
from the two identical skins to the compression 
resistance was lost. The lack of skin symmetry in 
their construction simply adds a significant 
additional complexity. Thus, a substantial part of 
prior knowledge and understanding established from 
the compression of monolithic panels (e.g. in [4-5]) 
did not apply. The other is that, while the distal 
thinner skin remained undamaged after impact, the 
impacted thicker skin around the mid-section region 
was damaged with core underneath being crushed. 
The unequal contribution to the compression 
resistance initially could be ‘evened up’ by the 
impact damage in the thicker skin. Therefore, the 
residual compressive performance of the damaged 
panels was attributed not only to the strength 
degradation of the compressive skin associated with 
the damage but also to the lack of symmetry for the 
panels with respect to the in-plane compression 
loading and supporting conditions and interaction 
between the skins and core in each of such panels.  
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Assessment of the tolerance of the panels starts with 
the identification of baseline performance. In all 
constructions put forward in this investigation, 
trustworthiness of the baseline compressive strength 
is still suspect due to the complex role the core plays 
in the compressive resistance. The intact core 
bonded to undamaged skins throughout provided a 
stabilising support to the two skins in the TTT 
direction through normal compression properties and 
provided a constraint against a relative in-plane 
compressive movement through TTT shear 
properties. Thus the relative in-plane compressive 
movement of the skins in the mid-section region was 
more restricted than those impact damaged, 
suggesting that the compressed skins had to shear 
the core and crush core first or dimple rather than 
wrinkle outwards. Consequently, the skins that could 
be equally compressed in the mid-section region had 
little net shear force to overcome the shear rigidity 
constraint, thereby shearing the core. With their 
relatively high flexural rigidity, the intact panels had 
the significant compressive resistance in the mid-
section region. As a result, all the intact panels failed 
at the location close to one of the panel ends 
 
Nearly all the impact-damaged sandwich panels 
failed around the mid-section region, which was 
weakened by the presence of impact damage. An 
example from the thinner 8/6 panels is shown in Fig. 
17, whereas an example from the thicker 16/12 
panels is shown in Fig. 18, in which the longitudinal 
shearing through the core is clearly visible. 
                    
An example of failed unsymmetrical panels with a 
dense core is shown in Fig. 19. Unlike the lower 
density examples above, there is very little evidence 
of shearing through the core. Looking at the example 
response for an impacted unsymmetrical panel in 
Fig. 20 the initial strain response is very linear and 
steep, differing from the control response in Fig. 21 
which shows a high level of deformation in the far 
field location, implying an even application of 
compressive load in the two skins, helped by the 
strength of the core constraining the relative in-plane 
movement of the skins. At approximately 18kN 
there is clear evidence of damage propagation 
through the panel, with the most significant 
deformations in the outer region of the mid-section. 
Due to the location, the deformation in both 
longitudinal and transverse directions, and early 

onset of this event, it is very likely that the skin has 
debonded from core. Between 20kN and 40kN 2 
further incidents cause noticeable increase in strain. 
An image captured at 40kN shown in Fig. 22 shows 
a clear propagation of delamination through the mid-
section region of the distal thin skin. Since nothing 
was visible at 35kN, the likely initiation of this is 
highlighted in Fig. 21. This delamination drastically 
reduces the resistance in the mid-section, causing 
failure in this region not long after the delamination 
propagated. Failure in the mid-section depicted in 
Fig. 18 is indicative of most mid-section failures, 
showing arrested skin fracture and kink bands 
developing in the transverse direction on the 
impacted side, with severe debond causing bending 
or compressive failure in the distal skin usually off 
centre towards the edge of the debonded area.    

Similar to the carbon/epoxy panels, establishing an 
accurate baseline compressive strength proved 
difficult for this width/length ratio for the E-
glass/epoxy panels. Premature end failures were 
observed in both thin and thick panels. This problem 
extended into the majority of the thick impact-
damaged skinned panels. The toughness of the E-
glass construction, as previously mentioned, was 
underestimated during the impact testing, and the 
impact range was not sufficient enough to induce 
mid-section failure in all the thick panels. Hence the 
in-plane compressive strength data is not forming 
the familiar decaying trend. Shown in Fig. 23 is one 
of the thick panels that failed in the mid-section. 
Due to the translucency, the failure mechanisms and 
damage propagation can be seen clearly. Large areas 
of delamination in the central region would have 
caused drastic local instabilities in the mid-section 
region, leading to the failure. The core crush pattern 
also shows the sinusoidal mode of bending the panel 
experienced before failure. Through the thickness 
fracture is also evident on the impacted skin along 
the transverse direction.     

The thin impacted E-glass/epoxy panels responded 
as expected with all impact damaged panels 
experiencing failure in the impact damaged mid-
section region. The equal contribution from the two 
identical skins to the compression resistance was 
lost, longitudinal shearing of the core was present in 
all specimens, propagation of debonds and 
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delaminations from the impact caused local 
instability in the mid-section leading to failure.  

6  Impact damage tolerance 

6.1 Effect of impact damage 

Assessing the effect of impact damage in 
unsymmetrical sandwich panels in in-plane 
compression was very difficult, as the lack of 
symmetry in the sandwich could counteract the 
effect of impact damage, if the thicker skin is 
sufficiently damaged. Therefore, a steady reduction 
trend of CAI strength or strain with an increase of 
impact energy (IKE) may not be established. This 
point is clearly shown in Fig. 24 for the thinner 
unsymmetrical sandwich panels. It is interesting to 
observe in this figure that these thinner panels were 
as if very damage-tolerant up to 17 or 18J without 
suffering any reduction in their CAI strengths. We 
believe this is because the benefit of two additional 
plies in the thicker skins was cancelled out by the 
impact damage such that the baseline values of in-
plane compressive strength were as if more or less 
unchanged up to about 15J. Around 20 J where ply 
fracture occurred, CAI strength values have 
deteriorated further. This implies that the in-plane 
compressive behaviour of the undamaged 
unsymmetrical panels may not be as good as those 
of symmetrical panels. In addition, data from 
sandwich panels with skins in a lay-up of cross ply 
seem to show a significant scatter for both baseline 
and CAI strength values at the lower end of impact 
energy range. A further examinations of tested 
panels revealed that the lower strength values were 
associated with the fact that they failed prematurely 
at one of the two ends. For the thicker 
unsymmetrical panels in Fig. 25, a reduction of CAI 
strength was moderate. Their steady degrading 
trends are similar to those established for 
symmetrical sandwich panels in [3]. A further 
degradation of their CAI strengths after the 
occurrence of ply fracture is visible but much less 
obvious. In addition, the effect of lay-up in these 
thicker unsymmetrical panels on CAI strength is 
small.  
 
Damage tolerance for carbon/epoxy panels with a 
denser core follows the pattern exhibited previously 
by the lower density examples. The symmetrical 
panels show a fairly sharp initial drop off in 

compressive strength, which plateaus in the range of 
15-35J, indicating that once the presence of 
delamination and core crush are established, further 
increasing these damage mechanisms has little effect 
on the compressive performance. With the 
introduction of the fiber fracture mechanism, a 
further drop off is observed. This trend is almost 
mirrored by the unsymmetrical panels, the only 
difference being no initial drop off due to impact 
damage. The initial compressive strength of the 
panels is seen to be greater in the symmetrical 
panels, since the neutral plane no longer coincided 
with its mid-plane due to its unequal skin 
thicknesses. However, as previously witnessed, the 
CAI strength of the unsymmetrical panels 
experiences a resurgence, due to this initial 
imbalance being ‘evened out’ by the thicker skin 
being subjected to an impact. This can be seen in 
Fig. 26, with the unsymmetrical panels showing 
comparative strength to the symmetrical panels up to 
30J, with even a hint of improved performance up to 
this point. The occurrence of fiber fracture in both 
cases causes a further decrease in compressive 
resistance.  

The damage tolerance, shown in Fig. 27, of the thick 
16/16 CP E-glass/epoxy panels is hard to assess at 
this stage, without obtaining true compressive 
failures for the impacted panels, the strength values 
associated with end failure are not accurate. The thin 
E-glass panels exhibit a fairly good tolerance to 
impact damage up to around 15J, where a slight drop 
off in compressive strength is seen as the impact 
damage is further developed in the panel, with the 
panel containing a fractured impact skin showing a 
reduction of around 20%.  

6.2 Effect of skin thickness 

As established in symmetrical carbon/epoxy panel 
CAI testing, the effect of skin thickness on damage 
tolerance is small, if not insignificant. Both thick 
and thin panels in both lay-ups experience an initial 
drop below baseline performance after the 
occurrence of low energy impacts, following this 
compressive strength evens out over the midrange of 
impact energies. Any difference between thicknesses 
is seen in the tolerance to the occurrence of fiber 
fracture, with the thicker skinned constructions 
showing a more muted decay in compressive 
strength at the higher impact energy levels.  
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Observing the skin thickness variations in 
unsymmetrical panels has surfaced one fundamental 
difference. Thicker skinned unsymmetrical panels 
behave almost identically to the symmetrical 
equivalents. However, the thin skins do not 
experience an initial drop in performance after the 
application of impact damage. The thin skinned 
panels are far more sensitive to the uneven 
compressive loading of skins due to the effective 
shifting of the neutral plane, leading to the baseline 
performance suffering more than the symmetrical 
counterparts. When the thin unsymmetrical panels 
underwent impacts, the existing imbalance was 
effectively evened out, creating a much more 
symmetrical resistance, resulting in little or no drop 
in compressive strength in the lower range of impact 
energies, as seen in Fig. 24.  
 
For symmetrical E-glass/epoxy panels, it is clear that 
the toughness of the thicker skinned panels offers a 
much greater impact resistance than expected, 
making comparison between the two thicknesses 
hard to conclude on at this stage.   

6.3 Effect of skin lay-up 

In thick symmetrical carbon/epoxy panels, and 
similarly the unsymmetrical counterparts, the 
notable difference in skin lay-up comes from the 
base performance for compressive strength. As 
theory dictates, due to more fibers in the loading 
direction, CP panels have a higher average 
compressive strength than QI. However, as trends 
indicate, seen in Fig. 25 the steepness of the decay in 
QI panels is shallower than the CP counterparts, 
implying the QI lay-up offers better damage 
tolerance.  
 
Thin symmetrical and unsymmetrical panels offer a 
complex relationship between CP and QI lay-ups. 
Observing trends in symmetrical panels suggest that 
the average baseline compressive strength between 
lay-ups is very similar, with QI panels having the 
slightly lower value. Damage tolerance of the QI is 
however observed to be much superior to the CP 
constructions. QI panels resist the onset of fiber 
fracture much more effectively, resulting in no drop 
off in compressive performance past the point of 
decay for the CP panels. Effective damage tolerance 
of impacts over 30J for QI symmetrical panels far 

out performs the debilitating damage incurred by the 
CP panels around the 25J mark. Conversely, as seen 
in Fig. 24, unsymmetrical CP panels consistently 
perform better than the QI panels, although 
displaying similar trends.  

6.4 Effect of panel symmetry 

Panel asymmetry in thick carbon/epoxy 
constructions has very little effect on compressive 
performance. Trends from symmetrical and 
unsymmetrical panels are almost identical, providing 
very strong evidence that in thicker constructions, 
the removal of 4 plies from the distal skin could 
allow for weight saving, without any adverse effects 
in all round damage resistance and tolerance.  
 
Thin panels offer a slightly more complex 
relationship based on asymmetry. Whilst 
unsymmetrical CP constructions offer a slightly 
lower average baseline performance than the 
symmetrical equivalents, damage tolerance in the 
unsymmetrical panels appears to outperform the 
symmetrical constructions. Conversely, the 
symmetrical average baseline compressive strength 
of QI panels far exceeds that of the unsymmetrical 
QI panels, and the damage tolerance being far 
superior in the symmetrical panels. The inclusion of 
a multi-direction skin in the thin panels clearly 
results in a significant loss in damage tolerance 
performance not experienced by the thick panel 
equivalent. As it stands, there is evidence to suggest 
that weight could be saved by removing plies from 
the cross ply lay-ups, but it appears that quasi-
isotropic thin symmetrical panels offer a clear 
advantage over the unsymmetrical equivalents.  

6.5 Effect of core density 

Comparison of the responses of the symmetrical and 
unsymmetrical panels with high density core to 
those with the lower density core shows a 
remarkably similar trend. It is important to note 
however that the impact range of the thin panels 
with 130kg/m3 cores is higher than that of the thin 
panels with a lower density core. If further impact 
protection is needed, increasing the core density 
before first increasing the thickness of the skins in 
the sandwich construction can offer a lighter weight 
solution.  
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The unsymmetrical and symmetrical comparison of 
the CP dense core panels once again shows that the 
removal of plies from the distal skin, whilst seeing a 
drop in baseline performance, damage tolerance is 
not affected, allowing for the potential in saving 
further weight from the sandwich constructs.  

7 Closing remarks 

Unsymmetrical carbon/epoxy composite sandwich 
panels with core densities of 70kg/m3 and 130kg/m3 
and symmetrical thick and thin E-glass/epoxy 
sandwich panels were impact-damaged at impact 
energy ranging from 2 J to 60 J. Both intact and 
impact-damaged panels were subjected subsequently 
to in-plane compression. The presence of the core 
counteracted the deleterious effect of impact 
damage. While the thicker unsymmetrical panels 
showed the CAI characteristics similar to 
symmetrical panels, the thinner panels demonstrated 
that impact damage in the thicker skin reduced the 
degree of the effect associated with the lack of 
symmetry in in-plane compression, thereby 
enhancing their CAI performance when they were 
impact-damaged, a characteristic mirrored in the 
dense core panels. The E-glass/epoxy panels showed 
encouraging impact absorption qualities, with their 
translucent properties making damage assessment 
very accessible without destructive means necessary. 
The thin panels performed as expected in CAI, with 
an initial drop off in compressive performance seen 
due to the loss of equal contribution of the two skins 
to the compressive load, with further reductions seen 
with the further development of impact damage 
mechanisms, culminating in fiber fracture providing 
the lowest drop off in compressive strength. The 
thick panels demonstrated extraordinary resistance 
to lower levels of impact damage, with the panels 
failing to show true compressive failures even up to 
35J.  
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Fig.1. (a) In-plane compression specimen and (b) 
experimental set-up for compression 
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Fig.2. Drop-weight impact test rig 

 
Fig.3. Hand held USB microscope used to capture 

damage propagation during compression test 
 
 

 
Fig.4. Energy absorption of symmetrical thin sandwich 

panels with 70kg/m3 core 
 

 
Fig.5. Energy absorption of unsymmetrical thin sandwich 

panels with 70kg/m3 core 
 

 

 
Fig.6. A 16/12 QI carbon/epoxy sandwich panel with 

70kg/m3 core  impacted at 35J 

 
Fig.7. A 16/12 QI carbon/epoxy sandwich panel with 

70kg/m3 core impacted at 45J 

 
Fig.8. Energy absorption of symmetrical thick panels with 

70kg/m3 core 
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Fig.9. Energy absorption of unsymmetrical thick panels 

with 70kg/m3 core 

 
 

Fig.10. A 16/12 sandwich panel with 70kg/m3 core 
impacted at 35J 

 
Fig.11 Energy absorption of symmetrical sandwich panels 

with a core density of 130 kg/m3 
 

 
Fig.12. A 8/8 sandwich panel with 130kg/m3 impacted at 

25J 

 
Fig.13. Impact damage in an 8/8 CP E-glass/epoxy panel 

with 70kg/m3 core impacted at 15J 
 

 
Fig.14. Impact damage in an 8/8 CP E-glass/epoxy panel 

with 70kg/m3 core impacted at 25J 
 

 
Fig.15. Energy absorption of sandwich panels with E-
glass/epoxy skins and with a core density of 70 kg/m3 
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Fig.16. A 16/16 E-glass/epoxy sandwich panel impacted 

at 18J 

 
Fig.17. Photographs showing a side view of an impact-

damaged sandwich panel after CAI test 

     
 

Fig.18. Photographs showing front and side view of an 
impact-damaged sandwich panel after CAI test 

 

 
Fig.19. Photographs showing side, front and rear views of 

impact-damaged 8/6 carbon/epoxy 130kg/m3 core 
sandwich panel 

 
Fig.20. Load-strain curves of an in-plane compression on 
an 8/6 CP 25J impact-damaged panel with 130kg/m3 core 

 

 
Fig.21. Load-strain curves of an in-plane compression test 

on a 8/6 CP control panel with 130kg/m3 core 
 

 
Fig.22. Photograph showing delamination propagation in 

8/6 CP carbon/epoxy panel with 130kg/m3 core 
during test 

Delamination 
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Fig.23. Photographs showing a side and front view of an 

impacted E-glass/epoxy sandwich panel 

 
Fig.24. A variation of residual compressive strength   with 

IKE for unsymmetrical sandwich panels with 70kg/m3 
core 

 

 
Fig.25. A variation of residual compressive strength for 
thick unsymmetrical sandwich panels with 70kg/m3 core 

 
Fig.26. A variation of residual compressive strength   with 

IKE for sandwich panels with 130kg/m3 core 

 
Fig.27. A variation of residual compressive strength   with 

IKE for sandwich panels SG 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction 

The demand of using fibre-reinforced composites 

has significantly increased in recent years due to 

their outstanding mechanical properties. The 

increasing use of composites also raised an interest 

in structural health monitoring and in-service 

damage detection, especially for structural 

components for aircraft or windturbines. Apart from 

the excellent in-plane mechanical properties which 

are attributed to high-strength carbon fibres, out-of-

plane properties are relatively weak which limits the 

performance of fibre reinforced plastics (FRPs). 

Various failure modes can be found in FRPs such as 

matrix cracking, delamination and fibre breakage [1-

5]. Compared to fibre breakage which typically 

occurs near the end of service life, early stage failure 

like matrix cracking and delamination is more of a 

concern and it is these types of failure modes that 

need to be improved and monitored. 

 

The addition of conductive fillers to insulating 

polymer resins has the added advantage that this will 

allow for the monitoring of early stage damage such 

as matrix cracking and delaminations. Due to the 

extremely good mechanical, thermal, and electrical 

properties of CNTs [6-10], as well as their very high 

aspect ratio, which can lead to a low percolation 

threshold, the use of CNTs into CF composites is no 

longer a new idea in the composites industry. 

Percolated CNT networks in between different 

layers of CF fabrics can act as damage sensing 

networks to detect various deformations of 

composites structures, such as delamination or 

matrix cracking [11-14]. Thostenson et al. [15] has 

shown that dispersed CNTs in an epoxy phase as 

distributed sensors can be used  to evaluate damage 

onset and evolution for a specific designed 

mechanical test. Gao et al. [16] has used a sizing 
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preforms is introduced, with good dispersion and spatial control. This spray coating technique has not 

only overcome traditional challenges from mixing CNTs into epoxy resin such as increased viscosity 

and uneven distribution, but also provides good spatial control with CNT localization in damage 
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agent to improve the dispersion of CNTs in epoxy 

resin for impact damage sensing of epoxy / glass 

fibre composites. However, the viscosity of epoxy 

resin for aerospace applications is already very high, 

which can impede the homogeneous dispersion of 

CNTs in epoxy resin. Furthermore, the filtering 

effects that can occur during liquid moulding 

manufacturing technologies such as resin transfer 

moulding or vacuum infusion [17], can lead to 

uneven CNT distribution throughout the composites, 

reducing the overall performance. 

 

Therefore, there is still scope for a novel application 

and/or dispersion method that introduced CNTs into 

fibre laminates and overcomes the limitations of 

traditional methods. For instance, traditional 

methods such as where CNTs are being introduced 

by mixing them into resin before the subsequent 

composites manufacturing procedure, will lead to an 

increase in  viscosity  of  the  resin  which  interferes  

with  composite  manufacturing  processes  and may 

not only result in poor dispersion of the CNTs 

(without introducing any sizing or dispersing agents) 

and filtering effects, but have also limited control 

over spatial deposition. 

 

In this work, a simple air-brushing technique for 

CNT dispersions is used for the deposition of CNTs 

onto CF fabrics, in order to introduce damage 

sensing capabilities to composites. Apart from its 

simplicity and versatility, spraying techniques  are  

also  easy  to  scale-up, which  is  very  important  

for  automated  production  in industries. Different 

parameters of air-brushing are tested with the aim to 

optimize the deposition and dispersion of the CNTs. 

The damage sensing ability of the CNT network has 

been characterized and correlated with different 

parameters depending on the deformation mode. It is 

also worth to mention that this method allows for 

creating hierarchical composite structures ranging 

from nano-, micro- to macro-scale and is an 

interesting route to optimize the use of CNTs for 

desired properties and applications (Fig.1). 

 

Furthermore, the presence of CNTs near the fibre 

matrix interfase within the composite panels is also 

enhancing out-of-plane mechanical performance of 

CFRP composites like the resistance to delamination 

and other matrix dominated properties. The 

established in-situ  damage  detection approach can  

be  utilized  for  in-service health monitoring of 

structural composite components, without the need 

of down-time as a result of regular inspection, 

solving a critical issue related  to  the  use  of  

advanced  composites.   

 

2. Materials and experimental procedures 

2.1 Materials 

Carbon nanotubes used in this work are supplied by 

Nanocyl S.A. (Belgium), with product no. NC7000. 

The carbon fibre fabrics are 2×2 twill fabrics 

(product no. G0986), with an areal weight of 286 

g/m
2 

and purchased from Hexcel. The two 

components epoxy resin RTM6-2 was also from 

Hexcel. Release film placed in the middle ply of the 

fabrics is A6000 from Aerovec. DMF used is from 

Sigma-Aldrich. 

 

2.2 Airbrushing 

Measured amounts of CNTs are dispersed in DMF 

by probe sonication, at 5000 Joules energy. Ice 

environment is applied throughout the sonication in 

the aim of avoiding any heat build-up. After 

sonication, the CNT solution is placed into the 

container of airbrushing for the spray coating 

processes. The airbrushing setup is an Iwata 

Performance plus model (H4001 HP-C PLUS), 

together with an Iwata studio series air compressor. 

The pressure for the airbrushing work is set to 30 psi 

(2.07 bar), with a distance of 10 cm between spray 

gun and carbon fabrics. Underneath the fabrics, a 

heating stage with carefully controlled temperature 

is applied in order to aid the evaporation of the 

solvent during the airbrushing deposition. A short 

evaporation time is critical in order to avoid 

reaggregation of the sprayed CNT network. 
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2.3 Vacuum assisted resin transfer moulding 

Standard vacuum assistant resin transfer moulding 

(VARTM) is used to produce composite panels in 

this work, with ten plies of carbon fibre fabrics and 

nine layers of CNTs deposited. The mould and resin 

is pre-heated, and the degassing process is also taken 

place for resin after the two parts are mixed. 

Infusion process is carried out under a vacuum of 1 

bar at 110 °C. After the fabrics are completely 

infused, the mould is sealed and placed into the 

oven. Curing cycle at 140 °C for 1.5 hours and 180 

°C for another 2 hours as post cure is applied. 

Release film is placed in designated areas in 

between fabrics, as the crack initiation point for the 

Mode-I test. 

 

2.4 Mode-I test 

The double cantilever beam (DCB) test is performed 

in order to evaluate the interlaminar fracture 

toughness of the produced specimens. The 

specimens are cut from the cured panel using a 

diamond saw according to the dimension 

requirements. Test conditions are in accordance with 

ASTM D5528 [18]. An Instron 5566 universal 

testing machine equipped with a 1 kN load cell was 

used for the DCB test, with the test speed being 1 

mm/min. The load-displacement data and 

delamination crack propagation length was recorded, 

respectively. 

 

2.5 In-situ damage sensing 

The in-situ damage sensing tests are performed in 

conjunction with the DCB tests, using an electrical 

method. The open edges of the specimens are cut to 

expose the laminates, and to connect the electrical 

measurements. Silver-loaded epoxy paste is used to 

anchor the copper wire into the exposed ends. The 

volume resistance of the specimen is measured by an 

Agilent 34401A digit multi-metre with two probes 

direct current measurement throughout the test, and 

the data is recorded through software. 

 

 

2.6 Morphology 

Scanning electron microscopy (SEM) is used for a 

morphological study of the deposition of CNTs on 

the fabrics before subsequent resin infusion, as well 

as the fracture surface of both reference and CNT 

deposited specimen after testing, using FEI Inspect-

F model. Pictures with different magnification are 

taken to examine the dispersion of CNTs as well as 

the toughening mechanism. 

 

3. Results and discussion 

3.1 Morphology 

Fig. 2 shows the dispersion of the CNTs on the 

carbon fibre fabrics as well as the fracture surface of 

the tested specimen. Good dispersion of deposited 

CNT networks on carbon fibres can be seen from 

Fig. 2a after spray coating. No obvious 

agglomeration can be seen at the fabrics, while the 

fabrics are well covered by deposited CNTs. 

 

Typical features of epoxy brittle failure can be seen 

from the reference specimen, as shown in Fig. 2b, 

with smooth fracture surfaces and exposed CFs at 

some areas. Fig. 2c and 2d shows the fracture 

surface of CNT deposited specimen, at different 

resolution. Very good CNT dispersion can be found 

at low magnification (Fig. 2c), with no obvious 

agglomeration. The carbon fibres are well covered 

by epoxy resin, with the damage prone interfacial 

region benefitting from the presence of CNTs. 

Evidence of CNT pull-out and nano-bridging is 

clearly shown in the fracture surface, indicating 

good adhesion between CNTs and epoxy resin, as 

well as the existence of nano-toughening 

mechanisms for the CNT coated CFRPs. Compared 

to the reference specimens, the CNT coated 

specimens showed more fracture features rather than 

the smooth fracture surface for uncoated fabrics, 

indicating greater energy absorption. 

 

3.2 Interlaminar fracture toughness 

Double cantilever beam (DCB) tests were performed 

in order to evaluate the interlaminar fracture 
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toughness, for both CF reference specimen as well 

as CNT deposited specimen. Typical load-

displacement (L-D) curves of both reference and 

CNT deposited specimen were plotted, and are 

shown in Fig. 3a. It can be clearly seen that with as 

little as 0.13 wt.% of CNTs sprayed, the L-D curve 

has significantly been altered and a larger amount of 

energy is required during the test to initiate and 

propagate the crack. 

 

The energy release rate under Mode-I (GI) 

conditions was calculated according to ASTM 5528-

94D standard test method, based on modified beam 

theory [19]. The equation is shown below: 

   
   

     | | 
   (1) 

Where δ is the load point displacement, P is the 

applied load, a is the delamination length, b is the 

width of the specimen, and Δ is determined 

experimentally by generating a least square plot of 

the cubic root of compliance, C
1/3

, as a function of 

delamination length. 

 

The relationship between toughness and crack length 

increment (R-curve) is also plotted, as shown in Fig. 

3b. Similar to the L-D curve, a higher value for the 

CNT coated specimens is observed compared to the 

reference CF specimens, confirming the increase in 

interlaminate toughness. A plateau is also been 

found for both curves. 

 

To directly compare the effectiveness of deposited 

CNTs on fracture toughness, all Mode-I results are 

shown in Fig. 4. For the non-linear value, which 

means the energy required to initiate the crack, a 

nearly 30 % increment is obtained with only 0.13 

wt.% of CNTs. For the propagation value, an 

increase of 32 % is obtained, showing again a higher 

level of energy required to propagate the crack 

during interlaminar failure. All these increments are 

believed to be due to the good dispersion of CNTs, 

as well as nano-bridging effects as observed from 

the fractography study. To reach an effective 

reinforcement at such an extremely low CNT 

content is also attributed to the specific CNT 

localization around damage prone interfacial zones 

using this airbrushing technique. 

 

In previous research works, Gojny et al. [20] added 

0.1 wt.% double-wall carbon nanotubes into epoxy 

resin, leading to an increased fracture toughness by 

17 %. When these resins are used for the 

manufacturing of carbon- or glass fibre composites, 

the distribution of the CNTs after liquid moulding 

process becomes a challenge, which limits the 

efficiency of the CNTs in their toughening 

capabilities. Therefore sizing agents or 

functionalization might be required to overcome this 

challenge. In another research work of Gojny et al. 

[21], a 19 % improved fracture toughness was 

obtained in glass fibre reinforced composites, by 

using 0.1 wt.% of amino-functionalized double-wall 

carbon nanotubes (DWCNT-NH2). However, both 

the addition of sizing agents and CNT 

functionalization involves several more steps during 

composite manufacturing, which not only add cost 

but also limit the ability of scale-up. Airbrushing 

techniques overcome this limitation by its simplicity 

and versatility, providing the feasibility of industrial 

scale-up. 

 

3.3 In-situ damage sensing 

In-situ damage sensing tests are performed together 

with DCB tests, using an electrical method to 

identify internal crack initiation and propagation 

status. The sensing graph is shown in Fig. 5a, 

showing the load-displacement curve (black) 

together with the measured relative electrical 

resistance change in percentage (red). Upon loading, 

an initial elastic deformation is followed by a sudden 

force drop due to the initiation of a crack. Then the 

force starts to build up again until the next crack 

propagation. The initial value of measured electrical 

resistance is maintained at a relatively stable level, 

and then starts to increase, accompanied with 

composites yielding. A resistance jump can be found 

to correspond with every force drop, which indicates 

that the internal conductive pathways have been 

affected by the crack opening. When the force builds 

ICCM19 2859



 

5  

DAMAGE SENSING IN COMPOSITES USING CNT NETWORKS BY SPRAY COATING         

up again, the sensing signals remain at the same 

level until the next crack propagation. Very good 

correlation between each force drops and sensing 

signals jump can be observed, which confirms the 

use of internal conductive networks as a sensing tool 

to detect damage during mechanical deformation. 

 

To establish a further understanding of these in-situ 

damage sensing properties, a correlation between 

each force change and resistance change is plotted 

and shown in Fig. 5b. The data points in the graph 

are extracted from the sensing graph, with only 

relatively large changes in order to have a more 

obvious comparison. It can be clearly seen that the 

force change and resistance change correlate very 

well, indicating the efficiency of this electrical 

method in detecting internal damage in composite 

laminates during mechanical deformation. 

 

4. Conclusion 

Hybrid CF / CNT composite laminates 

manufactured using spray coating techniques have 

been introduced, with engineered hierarchical 

structures. The introduced CNTs are located at 

damage prone interfacial zones to not only improve 

the interface dominated properties, but also establish 

a sensitive network for in-situ damage detection. 

 

The deposited CNTs have shown very effective 

nano-reinforcements for out-of-plane properties. 

Concentrations as low as 0.13 wt.% have 

successfully increased the interlaminar fracture 

toughness by about 30 % for both crack initiation 

and propagation. 

 

The airbrushing technique used for the application of 

CNTs to fibre preforms has shown its simplicity and 

efficiency for localized deposition of CNTs into 

FRPs. Furthermore, the good spatial control 

obtained could overcome several existing challenges 

related to introducing CNTs into FRPs and provide 

the possibility of industrial scale-up. 
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Fig. 1. Hierarchical composite structure from nano-, micro- to marco-scale. 
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Fig. 2. SEM images of specimen: (a) CNT dispersion on CF fabrics after spray coating; (b) 

fracture surface of reference specimen; (c) fracture surface of CNT deposited specimen at 

relatively low magnification; (d) fracture surface of CNT deposited specimen at relatively high 

magnification. 

Fig. 3. (a) The representative load-displacement curves for the DCB tests for both reference and 

CNT coated specimens; (b) R-curve for both reference and CNT coated fabric composites. 
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1. Introduction  

Fiber-reinforced polymer composites possess 
excellent stiffness and strength, however their 
toughness is limited by early damage initiation. In 
cross-ply and woven laminates loaded in tension the 
damage starts at strains that are 4-5 times lower 
than the failure strain of the composites. This 
damage appears in the form of matrix cracks in 
transverse plies.  
Carbon nanotubes (CNTs) have been shown to 
influence the initiation and development of damage 
in fiber-reinforced composites. Combined analysis 
of acoustic emission measurements and X-ray/ 
SEM observations in [1, 2] confirmed that CNTs, 
dispersed in the matrix, have a hindering effect on 
the formation of transverse cracks. This may be 
attributed to toughening of the matrix, 
strengthening of the fiber/matrix interface or to re-
distribution of stress concentrations between fibers 
in the presence of CNTs.   
In order to better understand the effect of CNTs on 
the stress distribution in unidirectional composites, 
we propose a novel Finite Element (FE) model that 
combines microscale fibers and nanoscale  
reinforcements in a single simulation without any 
intermediate homogenization of properties and 
transfer of parameters from one scale to another.  

2. FE modeling 

2.1  State-of-the-art 

The main difficulty in the development of a FE 
model where fibers and nanotubes are considered 
simultaneously is to deal with a very large 
difference of their sizes. For instance, diameters of 
CNTs and carbon fibers differ more than 350 times.  
There exist models in the literature that predict the 
effect of CNTs on mechanical properties of 
polymers in the absence of fibers. Most of these 
models are based on the direct implementation of 
CNT geometry into the matrix [3-8]. Such an 
approach assures that the matrix mesh continuously 
passes to the CNT mesh with junctions in mutual 

nodes. The mesh around tips of the CNTs becomes, 
however, very fine due to CNTs’ high aspect ratios 
(commonly in the range of 50-200). The direct 
implementation of CNTs in a 3D model of a fiber-
reinforced composite would lead to a very high 
number of elements. The second drawback of the 
approach is impossibility to use hexahedral or even 
hex-dominated meshes. The only remaining option 
is to use a free tetrahedral mesh, but due to 
constrained degrees of freedom and geometry of the 
element it is less favorable for modeling of CNTs. 
In the open literature, three-dimensional (3D) 
models that simultaneously combine micro-scale 
and nano-scale reinforcements in a composite are 
virtually non-existent. Even in the 2D formulation 
the availability of such models is very limited. In 
[9] a 2D problem of wavy nanotubes distributed in 
the polymer matrix between glass fibers was 
considered. To overcome numerical difficulties 
mention above, the problem was simplified towards 
a less realistic ratio of the fiber diameter and the 
CNT diameter (less than 10 times). The direct 
implementation of tens of thousands of CNTs in a 
model with microscopic fibers is, thus, not the most 
suitable approach.   
Ideally, the technique for FE modeling of CNTs  in 
a composite should overcome the following 
difficulties:  
 The number of elements overall in the model 

should not increase significantly after the CNT 
introduction. In other words, it should not lead 
to the refinement of the matrix mesh to 
accommodate CNT tips. 

 The type of elements to be used should remain 
hexahedral since tetrahedral elements have 
significantly lower computational accuracy. 
Moreover, a larger number of these elements is 
required to fill the matrix volume. 

The Embedded Regions (ER) technique, 
implemented in Abaqus(TM) software, satisfies 
these conditions with good accuracy and calculation 
efficiency.  

A NOVEL APPROACH TO MODELLING OF FIBER-
REINFORCED COMPOSITES WITH CARBON NANOTUBES 
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2.2 The ER technique 

The ER technique is a promising technique for 
implementation of CNTs in a FE model of a 
composite. It combines two independent FE meshes 
in a single model. Based on the principle of equal 
displacements of respective nodes, this method 
works as follows.  
Fig.1 shows the case when a 1D beam 
element (element 1: embedded element) lies in a 3D 
solid element (element 2: host element). Element 1 
is formed by nodes A and B, element 2 is formed by 
nodes a, b, c, d, e, f, g, and h. If the host element set 
includes element 2 and the embedded element set 
contains element 1 Abaqus will attempt to find out 
if any embedded nodes (A and B) lie within host 
element 2. If node A is found to lie close to the a-b-
f-e face of element 2, all degrees of freedom at 
node A are constrained to nodes a, b, f, and e, with 
appropriate weight factors. The latter are 
determined based on the geometric location of 
node A in element 2. Similarly, if node B is found 
to lie inside element 2 - all degrees of freedom at 
node B are constrained to nodes a, b, c, d, e, f, g, 
and h with appropriate weight factors. The latter are 
determined based on the geometric location of 
node B in element 2.  

Fig.1. The principle of the RE technique. 

ER technique has several significant advantages in 
comparison with the direct implementation 
approach. The matrix mesh is independent of the 
mesh of the embedded objects. Hence, hexahedral 
elements can be used and no extra elements to 
operate with CNTs geometry features are required.  
There are, however, limitations. The ones that are 
relevant for the present study are listed below: 

 Host elements cannot be embedded 
themselves. 

 The distance of embedded nodes from the 
host region is controlled by a fractional 
exterior tolerance value. 

 The material defined for the host element is 
not replaced by the material defined for the 
embedded element at the same location of 
the integration point. 

 Additional respective mass and stiffness (of 
CNTs) due to the embedded elements are 
added to the model. 

In order to understand whether the ER technique is 
suitable for FE modeling of CNTs in the matrix, it 
was validated on the example of a single CNT. 
Once successful, it can be applied to a full-scale 
model with thousands of CNTs in between 
microscopic fibers. 
The problem of a finite cylindrical reinforcement 
(CNT) under unidirectional tension  was taken as a 
case study. This problem is also known as the Cox 
problem [10]. Three different ways for modeling of 
a CNT were considered:  

 Direct geometry implementation: a CNT is 
modeled as a cylinder. A single mesh is 
used in the model. It is based on 3D solid 
elements (C3D8) that have 8 nodes.  

 Embedded Region technique: a CNT is 
modeled as a “wire”. Two separate meshes 
are used: one for the matrix and one for the 
CNT. The CNT mesh is based  on 1D beam 
elements (B31) that have 2 nodes and the 
matrix mesh is based on 3D solid elements 
(C3D8) that have 8 nodes.  

 Embedded Region technique: the CNT is 
modeled as a cylinder. Two separate 
meshes are used: one for the matrix and one 
for the CNT. Bothe meshes are based on 
3D solid elements (C3D8) which have 8 
nodes.  

For validation the longitudinal stress  (σx) along the 
fiber central axis, the shear stress (σxy) in the matrix 
close to the fiber surface and the homogenized 
longitudinal stiffness are calculated. Average 
stresses for the homogenization were calculated via 
reaction forces on the model boundaries.  
The ER technique showed good correlation with the 
direct geometry implementation as well as with the 
analytical solution of the COX problem. It was 
concluded that under the assumption of the perfect 
contact between the matrix and the CNT the ER 
technique can be used for modeling of CNTs. 

2.3 A hybrid model of a composite with CNTs 

In order to create a FE model of a UD composite 
reinforced with CNTs an adequate geometrical 
description of CNTs’ placement in the 
representative volume element (RVE) is needed. 
The task is twofold: first, to model individual CNTs 
that are naturally curved and, second, to control 
their orientation and placement between the fibers. 
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As discussed earlier the direct CNT geometry 
implementation requires quite complex work with 
the matrix mesh, therefore, most of the available 
models are based on quite sever simplifications. For 
example, CNTs are often assumed to be straight  [3-
7, 11, 12], and their distribution is often simplified 
to a regular unidirectional packing. Such 
assumptions introduce additional errors in the FE 
predictions. In reality carbon nanotubes are 
randomly curved in a 3D space [13] and the 
waviness has a significant effect on properties of 
the polymer and composite [8]. 
An algorithm for generation of randomly oriented 
and distributed CNTs that are naturally curved was 
developed and performed in Matlab. Four different 
strategies for CNTs placement between fibers were 
considered (Fig.2): CNTs randomly dispersed in the 
matrix, CNTs clustered in agglomerates and CNTs 
grown on fiber surfaces (either randomly oriented 
or radially aligned). Respectively, four different 
generation algorithms were developed. For 
simplicity the model of two fiber quarters was 
considered with a fiber volume fraction of 60%. 
This geometrical description of the RVE is further 
used to investigate the effect of CNTs on the stress 
distribution in the composite. 

2.3.1 FE model 

A fully parametrical 3D FE model of a UD 
composite reinforced with CNTs under transversal 
tension was developed using Python programming.  
The RVE size was 5.66µm x 5.66µm x 2.83µm. To 
the right side of the RVE a strain of 0.15% is 
applied (Fig.3). On the other 5 RVE sides the 
symmetry boundary conditions are applied. This 
simulates a model problem of hexagonally packed 
fibers under transversal tension. Due to the 
symmetry the total applied transverse strain is 
0.3%. 
The ER technique described and validated above is 
applied to solve this 3D problem. CNTs are 
modeled as curved cylinders with a circular cross-
section, a radius RCNT  = 9 nm and a length of 0.7 
µm. The volume fraction of CNTs in the matrix was 
fixed to 0.17%. This value corresponds to 0.25% in 
the weight fraction of CNTs in the matrix. In the 
case of agglomerated CNTs the volume fraction of 
CNTs inside the two agglomerates is equal to 
0.91%.  
For simplicity CNTs were assumed to be isotropic 
with the Poisson’s ratio ν=0.4 and the Young’s 
modulus of  475.3 GPa. CNTs were introduced one 
by one and meshed with 3D solid elements (C3D8).  

 

(a)  

(b)  

(c)  

(d)  
Fig.2. CNTs placement strategies: (a) dispersed in the 
matrix, (b) clustered in agglomerates, (c) and (d) grown 
on fibers surface (without and with preferential 
orientation). 
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The matrix and carbon fibers were modeled as solid 
bodies and meshed with the same type of elements. 
The elastic properties of the matrix were Young’s 
modulus Em=3 GPa and Poisson’s ratio ν=0.4. After 
solving the FE problem the post-processing 
procedure is applied. 

 
Fig.3. Schematics of the applied boundary conditions. 

2.3.2 Through- thickness stress field analysis  

The stress field analysis is performed as follows. 
First, the FE model is created: the geometry, FE 
mesh and boundary conditions. Then, as a result of 
the FE analysis the stress fields are obtained: 
stresses are calculated in the integration points of 
every element of the matrix and gathered in created 
output .dat files. These .dat files are used as an 
input for the Matlab routine, which is written for 
post-processing of stress fields into the stress 
distribution histograms. 

 
Fig.4. Two areas of interest for stress field analysis: (a) 
the matrix and (b) the fiber/matrix interface. 

 Stresses are analyzed in two areas of interest: in the 
matrix and at the fiber/matrix interface rings - 
matrix elements closest to the fiber surface. In the 
matrix, two stresses are considered: the maximal 
principal stress and von Mises stress. At the 
fiber/matrix interface, the normal stress (σr) and 
shear stress (σrφ), with respect to local cylindrical 
coordinate systems placed at the fiber centers, are 
calculated (Fig. 4b).  

In order to quantitatively compare the obtained 
stress fields, the probability of finding a certain 
stress value in a given area of interest is 
investigated. The procedure is schematically 
illustrated on Figure 5. In the thickness direction the 
3D stress fields are divided into the stress fields in a 
sequence of layers. 
There are 27 layers in total in the model. Stresses 
belonging to the different layers are stored and 
processed separately.  
For each layer a histogram curve is created to 
determine “frequency” of the appearance of a 
certain stress value in a given area of interest. It is 
calculated as a volume of elements with the found 
stress values divided by the total volume of 
elements in the given area of interest, either for the 
matrix or the fiber/matrix interface rings.  
Once histograms are created for each layer, a 3D 
plot is constructed (Fig.5c): the abscissa is the stress 
range divided on intervals with increment R, the 
ordinate is the sequence of through-thickness layers 
of elements and the color means the probability of 
finding a certain interval of stress: the red color 
indicates a higher frequency of appearing such a 
stress in the area of interest. 
Then curves for the maximum and dominant curves 
are created. The principle of their creation is as 
follows. As shown in Fig.7 the maximum stress 
curve consists of the highest values if stresses in the 
histogram – one stress value per layer. This curve is 
then transformed into a 2D plot where the abscissa 
is the sequence of through-thickness layers of 
elements and the ordinate is a maximum stress 
value appeared in the layer. The maximum stress 
curve built from the maximal principal stress 
histogram within the matrix area is shown in Fig.7a. 
From such plots the existence of high stresses can 
be compared. However, neither their intensity (the 
occupied volume) nor their position in the XY plane 
can be investigated from these plots alone. 
The same principle is used to create  curves of the 
dominant stress. The difference is that stresses that 
are analyzed are not the highest in the layer but 
dominant. The dominance is determined by the 
volume of elements which have stresses within a 
certain stress interval (the most red in the 
histogram). The dominant curve obtained from the 
maximal principal stress histogram within the 
matrix area is shown in Fig.7b. 
Then the .dat files with maximum as well as with 
dominant curves data are created as an output.  

ICCM19 2868



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
Fig.5. The stress field analysis: (a) obtaining of stress fields, (b) dividing the stress fields by element layers and (c) creating 
histogram curves. 
 

 
 
Fig.7. Creation of the maximum stress curve (a) and the dominant stress curve (b) from the stress distribution histogram 
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2.4 Results and discussion 

The goal of the study is to investigate the influence 
of CNTs on the stress distribution in a UD 
composite with particular focus on different CNT 
positions..  
Four placement strategies for CNTs were 
considered: CNTs uniformly distributed in polymer 
matrix, CNTs clustered in agglomerates, CNTs 
grown on fiber surfaces – randomly oriented and 
aligned (Fig.2). Geometrical characteristics 
(diameter and length) and material properties of 
CNTs were assumed to be the same in all the cases 
(Section 2.3.1). 
Curves for the maximum and dominant stresses are 
shown in Fig.8. The black curves refer to the pure 
matrix case without CNTs are added as a reference. 
These stresses for the case of agglomerates are quite 
different in comparison with the other cases. Sharp 
stress peaks are located in the middle of the RVE 
agglomerates are located. Depending on a stress 
component, the difference with the other strategies 
varies from 25 to 150%. The most sensible stress is 
maximal principal stress. 
For other strategies the difference appears to be less 
pronounced. Curves for materials with CNTs have a 
tendency to lie above the reference curve, which 
means that the highest stresses in nano-engineered 
composite are higher than those in a composite 
without CNTs. These extreme stresses are very few 
and very local. At the same time, the dominant 
curves of the maximal principal stress for CNT 
reinforced composites are mainly lower than for the 
reference one.  
In order to investigate the average shift of stresses 
due to the introduction of CNTs, the maximum and 
dominant stresses were averaged through the 
thickness. The case of CNT agglomerates was not 
considered for this averaging due to much higher 
peak stresses.  
For all strategies of CNT incorporation in the 
composite, the average maximum value of the 
maximal principal stress increases. CNTs grown on 
fiber surfaces and randomly oriented generate the 
highest stress and its average dominant stress is just 
a bit lower than the highest stress. The case of 
uniformly dispersed CNTs in the matrix appears to 
generate the lowest dominant stress. The average 
maximal principal stress in the model is also 
decreased. This strategy shows the lowest increase 
of the average maximum von Mises stress.  

 
 

 
 
 

 
 

 
Fig.8. The maximum values curves for different stresses: 
(a) maximal principal stress in matrix, (b) von Mises 
stress in matrix, (c) the normal stress at the fiber/matrix 
interface and (d) shear stress at the fiber/matrix interface. 

ICCM19 2870



 

7  

PAPER TITLE

CNTs grown on fibers and randomly oriented show 
the best results near the fiber/matrix interface: all of 
the average values (both the maximum and 
dominant for normal and shear stresses) are 
decreased the most. Localization of CNTs near the 
fiber surface without predefined orientation allows 
to suppress normal and shear interface stresses.  
CNTs grown on fibers and aligned might be used 
for decreasing the dominant von Mises stress and 
for reducing the maximum normal stresses on fiber 
surfaces. 

Conclusions 

In the present study the ER technique was fully 
validated and compared with the equivalent single-
mesh model (a direct geometrical implementation 
of a CNT cylinder into the matrix). Results from the 
ER technique have shown good correlation with 
those obtained from the single-mesh model and the 
Cox solution.  
The influence of CNTs on stress fields in a UD 
composite was investigated. The main focus of such 
analysis was on the micro-scale stress 
concentrations. Our results indicate that 
agglomerates of CNTs create additional micro-scale 
stress concentrators. They increase stresses in the 
matrix that can eventually lead to the formation of 
microcracks.  
The proposed approach to modeling of fiber-
reinforced composites with carbon nanotubes is a 
promising tool to guide future developments in the 
field of nano-engineered composites.      
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1 Introduction 
Since its discovery by Iijima in 1991 [1], carbon 
nanotube (CNT) has been expected to have many 
potential applications inspired by their superb 
physical and mechanical properties. However, the 
unavoidable poor interfacial strength between CNTs 
and polymers has been hindering their composites to 
fully achieve the desired mechanical properties. To 
put forward an effective solution, a number of 
atomic simulation methods have been implemented 
to study the CNT/polymer interface [2-4]. However, 
there is a hard barrier for these methods to study the 
macroscopic interface because of their huge 
calculation cost. Therefore, a proper method in 
macroscopic scale, which can help study the 
performance of the CNT/polymer interface, is 
necessary. In this paper, a cohesive zone model 
(CZM) in continuum finite element (CFE) method 
was adopted to investigate the deformation and 
fracture process of the interface between CNT and 
the epoxy matrix. The interface performance of the 
composite was discussed in transverse and 
longitudinal models separately. The influence of the 
interface characteristics on the effective mechanical 
properties of the CNT/polymer composite was 
analyzed in both cases. Furthermore, the effect of 
CNT arrangement on the interfacial fracture 
mechanism and effective mechanical properties of 
the CNT/polymer composite were also considered. 

2 CFE model 

It is well known that van der Waals (vdW) forces 
among atoms plays a dominating role in the shear 
strength of the nano-scopic interface of the CNT 
reinforced composites. Practically, at the continuum 
scale, the vdW forces in the interface sum up to 
cohesive forces, which can be described by a CZM 
model [5]. In FEM method, the CZM model can be 
used to describe material separation by a traction-
separation law (T-S law) and reflect the local 
interface failures to the effective properties of the 

whole composite. Therefore, the characteristics and 
functions of the vdW forces in the interfaces 
between a CNT and polymer can be well represented 
by two parameters in the CZM model, i.e. the 
cohesive strength cT  and the energy release rate cG [6]. 
The energy release rate of the interface represents 
the energy dissipation during damage and failure 
process of the material. The bilinear T-S law of the 
CZM model used in this paper is shown in Fig.1. In 
this image, 0  denotes an interface separation 
distance at which the interfacial stress reaches its 
cohesive strength cT . And f denotes an interface 
separation distance at which the cohesive force 
vanishes.  Tan et al. [5] deduced the cohesive 
strength of 470Mpa and the energy release rate of 
0.107Jm-2 of the interfaces in CNT reinforced 
composites from atomic calculation results by using 
Lennard-Jones potential. In this paper, these two 
values were referenced as basic parameter values. 
 

 

     Figure 1 Bilinear T-S law used in the CZM model 

 
The CFE model of the CNT reinforced composite 
was established by the generally used software 
ABAQUS. The present model consists three phases: 
the CNT phase, the cohesive interface phase 
(described by the CZM model) and the polymer 
matrix phase. Since the interface is the primary 
concern in this paper, the CNT was simply treated as 
a uniform fiber without cavity and the polymer is 
considered as an even material. The Young’s 
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modules of the CNT and the epoxy matrix are taken 
as 1 TPa and 4GPa, respectively. In the following 
parts, transverse and longitudinal models of the 
CNT/polymer composite were built and analyzed 
separately.  

3 Debonding simulation of the transverse model  
The transverse model of a continuous CNT/polymer 
composite was simplified to a quarter model, as 
shown in Fig. 2. Normal extension was exerted on 
the right boundary of the unit cell, while the two 
symmetry boundaries sides were fixed in their 
normal directions. 

 

 
Figure 2 Three-phase transverse quarter model 

of CNT/polymer composite 
 

In this paper, the interface is said to start yielding 
when its von Mises stress reaches the critical value 
known as the yield strength, cT . Based on the stress 
distribution in the meshed model, the deformation 
process can be divided to stages: the linear elastic 
stage, the damage accumulation stage and the crack 
propagation stage. Typical stress distributions of the 
model in three stages are plotted in Fig. 3. In the 
linear elastic stage, the epoxy matrix and the CNT 
are well bonded by the intact interface, as shown in 
Fig. 3(a). The stresses in the matrix are mainly 
distributed around a part of the CNT cross-section 
that is perpendicular to the tension direction. Then 
through the perfect interface, most of the stresses are 
transferred to the nearby CNT section. Therefore, 
CNT takes more loads than the matrix in this stage, 
giving rise to reinforcement of the composite. The 
second stage begins with the first debonding of the 
node at where the interface perpendicular to the 
external loading. Afterwards, the interface is striped 
off node by node from the first debonded node as the 
stresses on them reach the cohesive strength. As a 
result, debonded nodes on the interface induce stress 
redistribution in the composite, as illustrated in Fig. 

3(b). Once the interface is broken in some nodes, the 
stresses near the debonded nodes in the matrix are 
much smaller and even zero. At the same time, the 
stresses are concentrated near the crack tip and the 
boundary of the matrix, which promotes the crack 
propagation in return. Though, a lot of the stresses 
are still transferred to the inner CNT through the 
undamaged part of the interface. In the third stage, 
as seen in Fig. 3(c), a large part of the interface 
between the matrix and CNT are striped off. As a 
result, the stresses are barely transferred to the inner 
CNT, leaving the stresses were solely centralized at 
the crack tip. It is noticed that the bearing capacity 
of the composite is remarkably reduced, although 
there are also residual strength and rigidity.  
 

 
Figure 3 Stress distribution of interfacial debonding 

process: a) linear elastic stage, b) damage 
accumulation and crack initial stage, c) crack 

propagation stage 

 
To describe the debonding process of the interface 
nodes, scalar damage variable D is adopted. It is 
defined that the cohesive elements are all 
undamaged when D is equals to 0, while the 
cohesive elements are totally damaged when D is 
equals to 1. So, when D is a value between 0 to 1, 
the cohesive elements are partly damaged, indicating 
that the interface still has load bearing capacity. The 
failure process of one single node in the interface is 
expressly illustrated in Fig. 4. As the separation 
distance at this node increases, the cohesive stress 
develops until it reaches the cohesive strength cT . 
The value of D keeps the constant of 0, 
representing the interface at this node is intact in 
this stage. After the point, the value of D 
increases over time accompanied with gradual drop 

Matrix 
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CNT 
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in stress, indicating the damage propagates. At last, 
when the value of D tops 1, the interface is fully 
deboned at this node and the local fracture is 
occurred. 
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Figure 4 Failure process of a single node 

 

4 Effect of CZM parameters on mechanical 
properties of the transverse model 
The stress-strain curve of the transverse unit cell of 
the composite is depicted in Fig. 5. Due to the effect 
of the interface, the whole relation between stress 
and strain of the transverse model is nonlinear. 
Firstly, the stress is increased nonlinearly with the 
strain to an ultimate strength about 0.374GPa at a 
strain of 0.092. The effective transverse module of 
the model is calculated as 6.7 GPa, showing a 
remarkable reinforcement to the matrix. Secondly, 
after the ultimate strain, the stress is partly reduced 
as the strain increases, which expresses that the 
composite material is weakened. After stress 
redistribution as mentioned above, the composite 
material still has a certain load bearing capacity 
unless the interface is completely debonded. 
Therefore, the failure mode of the CNT reinforced 
composite under transverse force is plastic. 
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Figure 5 Stress-strain relation of the transverse model       

 

Since the mechanical properties of the interface in 
the model is controlled by two key parameters: 
cohesive strength cT and energy release rate cG , 
parametric study was implemented to study the 
impact of these two interface parameters on the 
mechanical properties of the CNT composites. 
Firstly, the energy release rate on the mechanical 
properties of the composite is analyzed. The 
cohesive strength cT  is taken as a constant of 
470MPa and the value of energy release rate are 
0.107N/m, 0.05 N/m and 0.2 N/m, respectively. The 
stress-strain curve of the model with different energy 
release rate is depicted in Fig. 6. The stress-strain 
relations of the composite before ultimate strength 
are completely unaffected by the energy release rate 
as seen from the overlap part of the three curves. 
However, the ultimate stress and strain of the 
composite are reduced by the energy release rate 
obviously. In addition, the lower the energy release 
rate, the larger the stress drop after the ultimate 
strain.  
When cG is 0.05, the ultimate stress is about 0.35GPa 
at a strain of 0.06. Then, the stress drops by almost 
50% to 1.75GPa at strain of 0.07, showing a feature 
of brittle fracture. However, after that, the stress is 
slightly increased with the strain.  
When cG  is 0.17, due to the increase of the energy 
release rate, a larger interfacial opening 
displacement is imperative for the failure by the 
debonding, the energy dissipated during the failure 
process of interface increases. So, when the stress 
reaches its maximum value of 0.385GPa at strain of 
0.07, a short plateau is shown on the stress-strain 
curve. Along with the interfacial crack propagation, 
the effective stress experiences a gentle downward 
trend, then stay stable at the value of about 80% of 
the maximum stress.  
When cG  is increased to 0.2, the interfacial micro-
crack initiates more slowly on account of the large 
energy release rate, and the interface crack is not 
easily to extend. Moreover, a soften stage takes 
place in the stress-strain curve. After the stress 
reaches its maximum value, it is gradually decreased 
with the increase of the strain. That means, a larger 
the energy release rate can ensure a higher toughness 
and residual carrying capacity of the composites. 
After the analysis on the effect of energy release rate, 
its value is kept as a constant of 0.107 to discuss the 
effect of another parameter, namely cohesive 
strength, on the mechanical properties of the 
CNT/polymer composite. The stress-strain curves of 
the transverse model with different interface 
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cohesive strength of 370MPa, 470Mpa and 570Mpa 
are illustrated in Fig.7. It is clearly shown that the 
maximum stress is enlarged with the value of cT , 
demonstrating a significantly positive correlation 
between strength of the composite and its interfacial 
cohesive strength. However, the critical strain where 
the stress tops the maximum value in the transverse 
model is independent of the interface cohesive 
strength due to the constant energy release rate. 
Besides the critical strain, the residual carrying 
capacity of the composite is not affected by the 
cohesive strength, either. After the interface crack 
propagation, the stress-strain curves of the models 
with cT  of 470Mpa and 570Mpa are even overlap 
with each other. From the results, it is demonstrated 
that the strength of the CNT composites is 
dependent, to a large extent, on the strength of the 
interface, which is in accord with the existing 
experimental data and atomic simulation results. 
Therefore, the present CZM model can be 
effectively and easily used to predict the strength 
and mechanical properties of the CNT composite 
material with interfaces of different cohesive 
strength. 
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Figure 6 Stress vs. strain of the transverse model with 

different energy release rate 
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 Figure 7 Stress vs. strain of the transverse model with 
different cohesive strength 

5 Effect of CNT volume fraction on mechanical 
properties of the transverse model  

The volume fraction of CNT, Vf , is a key factor that 
dominates the mechanical properties of CNT 
composites. Hence, the role of Vf  to stress transfer 
performance and effective mechanical properties of 
the composite is also studied in the present model. 
The value of the Vf  is taken as 19.6%, 28.3%, and 
38.5%, respectively. The stress-strain curves of the 
corresponding models are illustrated in Fig.8. In the 
first stage, as the interfaces in three models are all 
under perfect condition, the slope of the stress-strain 
curve is positively associated with the volume 
fraction of CNT. That means, the elastic modulus 
derived from these curves also show a remarkable 
positive correlation with the volume fraction of the 
CNT. Then in the second stage, it is noticed that the 
ultimate strength is barely affected by the volume 
fraction, while the ultimate strain is remarkably 
reduced by the CNT volume fraction. Another 
difference is found in the third stage of the curves, 
namely the residual carrying capacity of composites 
after reaching the ultimate stress. For the composite 
with a higher volume fraction of CNT, it needs a 
larger strain increment to release the stress. 
Consequently, in the transverse model, the volume 
fraction of the CNT helps improve the effective 
elastic modulus of the composite at the expense of 
ultimate strain although the stress release rate is 
decreased to make up the extensibility of the 
composite.  
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Figure 8 Stress vs. strain of the transverse model with 

different volume fraction 
 

6 Effect of CNT radial deformation on 
mechanical properties of the longitudinal model 

In CNT reinforced composites, almost of the CNTs 
were found to have ellipse cross-sections and even 
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dog-bone shape cross-sections rather than circle 
ones. In face, for a single-walled CNT (SWCNT) 
with radius larger than 1.05 nm, the cross-section 
will collapse owning to the large-enough vdW forces. 
The larger the SWCNT radius, the easier for the 
SWNT to collapse. Actually, for SWCNTs with 
radius larger than 1.90 nm, the collapsed states are 
more stable [7]. The radial deformation of CNT 
plays a significant role in affecting mechanical 
behavior of CNT composite [8]. So, the ellipse 
cross-section was introduced in the transverse model 
[9]. Fig.9 provides three full transverse schematic 
models in which the inner CNTs have different 
length-width radios of 1:1, 2:1 and 3:1. The volume 
fraction of the CNT is fixed as 28.3% in three 
models, so the size of the matrix surrounding the 
CNT varies with the volume fraction of the CNT. 
 

 
Figure 9 RVEs of CNT composites with different length-

width ratio of the CNT cross-section 
 

Uniform tensions were applied on the models along 
the length and the width directions of the CNT 
cross-section, separately. And the stress-strain 
curves are plotted in Figs. 10 and 11.  
For the first case, as shown in stress-strain curves in 
Fig.10, the strength and linear elastic modulus of 
composite are increased with the increase of the 
length-width radio of CNT cross-section. For the 
other case, the stress-strain curves are shown in 
Fig.11. As can be seen, the strength and linear 
elastic modulus of composite are decreased with the 
increase of the length-width radio of CNT cross-
section, which is contrary to the first case. However, 
elastic modulus of the composite in the second case 
is almost unaffected by the ratio, while the residual 
carrying capacity of the composite material is 
enhanced with the length-width ratio. 
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Figure 10 Stress vs. strain of the transverse models in the 

length direction of the CNT cross-section 
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Figure 11 Stress vs. strain of the transverse models in the 

width direction of the CNT cross-section 
 
Briefly, the radial deformation of CNT causes 
anisotropic mechanical properties in transverse 
models of the composite. The mechanical 
performance of CNT composite in the length 
direction of the CNT cross-section is enhanced while 
the mechanical performance in the width direction of 
the CNT cross-section is weakened.  

7 Debonding simulation of the longitudinal model   

As micro-scale reinforcements in polymer, the CNTs 
may have different shapes as well as arrangements, 
which have significant influence on the effective 
mechanical properties of the composite. Therefore, 
four typical array patterns and three representative 
cross-sections of the CNT are considered in the 
following longitudinal models. Other parameters, i.e. 
aspect ratio and volume fraction of the CNT, are 
invariant in the simulations.  
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Figure 12 Four typical array patterns of CNT in 
CNT/polymer and their RVE: a) regular array, b) end-to-

end array, c) staggered array and d) spaced array 

 

In Fig.12, four schematic composite models with 
four typical array patterns of CNTs are listed. 
Because of the periodicity, simulations can be 
employed on their representative volume elements 
(RVEs) as seen in the red boxes. And for the sack of 
simplification, half models of RVEs were utilized, as 
plotted in Fig.13.  

 

 
Figure 13 Half models of the RVEs: a) regular array, b) 
end-to-end array, c) staggered array and d) spaced array 

 

The stress distributions of the models in this stage 
are listed in Figs. 14 (a) to (d), respectively.  The 
stress concentration in the CNTs indicates that after 
interface is damaged on the CNT ends, the stresses 
can still be transferred in the CNTs through the side 
interfaces. And the maximum stress is larger when 
the gap between CNT ends is smaller. That means 
the staggered CNTs in the composite have the 

maximum stress at this time. In short, the gap size 
between CNT ends plays a significant role in stress 
distribution and redistribution processes.  

 

 
Figure 14 Stress distribution during the crack 

propagation process: a) regular array, b) end-to-end 
array, c) staggered array and d) spaced array 

 
 
To further discuss the effect of the CNT 
arrangements, the stress-strain curves of the models 
are illustrated in Fig.15. Because of the effect of the 
interface strength, the relation between stress and 
strain is nonlinear, as discussed above. But at first, 
the curves display linear characters, on account of 
the full effect of the interface before the stresses get 
to their maximum values. The slopes of these curves 
are close, however, the ultimate strain of the 
longitudinal model varies with the gap size. It is 
interesting to find that the failure mode of the 
composite is severely influenced by the CNT array 
patterns. To be specific, the present models with 
end-to-end array and spaced array of CNTs both 
have a sudden drop in stress after beyond strength, 
while the models with other two array patterns of 
CNTs have a clear stress plateau. The performance 
of the interface determines the mechanical property 
of the CNT composites. 
The elastic modulus can be deduced from the slopes 
of the curves in the first stage in Fig. 15 and 
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illustrated in histograms in Fig. 16. The model with 
staggered array of CNTs has the highest elastic 
modulus, while the one with spaced array of CNTs 
has the lowest elastic modulus, which indicates a 
clear negative correlation between gap size and the 
elastic modulus. The results demonstrate that 
decreasing the size of gaps between CNTs in the 
composites is important in improving their overall 
mechanical properties.  
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Figure 15 Stress-strain curves of longitudinal models 

with different CNT arrangements 
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Figure 16 Effective elastic modules of composites 

with four types of CNT arrangements 

 

The strength the composite models with different 
CNT arrangements are listed in Table 1. The end-to-
end array of CNT causes serious stress concentration, 
which speeds up the interfacial failure process, so its 
strength is the lowest. On contrary, the composite 
model with staggered array of CNTs possesses the 
largest strength thanks to the better stress 
redistribution mechanism. The other two composite 
models have moderate strength as well as ultimate 

strain shown in Fig. 15.  
In short, the array pattern of CNTs in the composites 
plays a significant role in determining the stress 
distribution mechanism, strength, elastic modulus as 
well as the failure mode. The results provide proofs 
to the advantages of using staggered CNT array in 
the composites.  
 

Table1 Max stress of the composite with different array 
patterns of CNTs 

Array patterns Strength (GPa) 

Spaced array 0.261 

Regular array 0.303 

End-to-end array 0.212 

Staggered array 0.322 
 

8 Conclusion 

In brief, the simulation results of the present models 
with cohesive interface verify that the CFE can be 
effectively used to describe the CNT/polymer 
composites. The effect of interface properties on the 
macroscopic mechanical behavior of the composite 
was studied by stress-strain curves, and the 
mechanical behaviors of composites with different 
arrangements and shapes of CNTs were investigated 
as well. 
(1) CZM is an effective model for describing the 
cohesive force, sum of vdW forces, in the interfaces.  
(2) The whole deformation and damage process of 
the interface was studied through the simulation 
results. The performance of the interface plays an 
important role in improving the mechanical 
properties of the CNT composites. 
(3) The strength of the CNT composites is 
determined by the strength of the interface, while the 
failure mode of CNT composites is influenced by 
energy release rate.  
(4) The increase of volume fraction of CNT can help 
improve the effective modulus of the composite, 
while the composite is weakened when the 
interfacial debonding occurs. 
(5) The radial deformation of CNT causes 
anisotropic mechanical properties in transverse 
models of the composite. 
(6) The array pattern of CNT in matrix was proved 
to be a key factor to the mechanical behavior of 
CNT composites, and the staggered array is the best 
choice for reinforcement of composites. 

ICCM19 2879



 

References 
[1] Iijima S. Helical microtubules of graphite carbon. 

Nature, Vol .354,  pp56-61,1991. 
[2] Gou J H, Minaie B, Wang B, et al. Computational 

and experimental study of interfacial banding of 
single-walled nano-tube reinforced composites. 
Computational Material Science, 31,pp225-236,2004. 

[3] Xiao J R,  Lopatnikov S L, Gamaa B  A, et al. Nano-
mechanics on the deformation of single and multi-
walled carbon nano-tubes under radial pressure . 
Materials Science and Engineering A, 416,pp192-
204,2006. 

[4] Li C Y, Chou T W. Modeling of elastic buckling of 
carbon nano-tubes by molecular Structural mechanics 
approach. Mechanics of Materials, 36, pp1047-
1055,2004 

[5] H.Tan, L.Y.Jiang, Y.Huang, et al. The effct of van 
der Waals-based interface cohesive law on carbon 
nanotube-reinforced composite materials. Composites 
Science and Technology, 67,pp2941-2946,2007 

[6] X. Guo, aA.Y.T. Leung and A.Y. Chen: Investigation 
of non-local cracking in layered stainless steel with 
nanostructured interface.Scripta Materialia, 63, 
pp403-407,2010 

[7] Elliott, J. A, Sandler, J. K., Windle, A. H., et al. 
Collapse of Single-Wall Carbon Nanotubes Is 
Diameter Depenent. Phys.Rev. Lett. 92, 095501, 2004. 

[8] Ruoff.R.S, Tersoff,.R.S.; Lorents.D. C, et al. Radial 
Deformation of Carbon Nanotubes by vander Waals 
Forces. Nature, 364, pp514–516, 1993 

[9] O.Gulseren, T.Yildirim, S. Ciraci,, et al.. Reversible 
band-gap engineering in carbon nanotubes by radial 
deformation. PHYSICAL REVIEW B, 65,155410, 
2002 

ICCM19 2880



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Continuous-fibre reinforced composites are 

remarkably stiff and strong, but tend to fail in a 

brittle manner. This leads to conservative design, 

and makes traditional composites unsuitable for 

many damage-tolerant applications.  

 

Discontinuous-fibre composites, albeit with more 

modest mechanical properties, offer lower 

production costs and improved manufacturability. 

Moreover, some short-fibre composites have a non-

linear response [1], and cut-prepreg materials have 

been shown notch insensitive [2]. Detailed 

numerical analyses of unit cells in discontinuous-

fibre composites [3] have suggested that it is 

possible to combine high stiffness, high strength and 

a ductile response in a single composite material. 

 

This paper aims to further the understanding of the 

deformation and failure mechanisms in aligned 

discontinuous-fibre composites, and to study the 

potential of these materials for improved 

combinations of stiffness, strength and ductility. 

These challenges will be addressed by developing an 

analytical model for the response of discontinuous-

fibre composites, taking into account the non-linear 

matrix response, statistical variability of local and 

global properties, and the quasi-brittle nature of final 

failure. 

 

2 Model development 

2.1 Multiscale modelling framework 

Consider a discontinuous composite composed of 

stiff fibres of uniform length    dispersed within a 

soft matrix (Fig. 1); all fibres are aligned in the 

loading direction, with randomly located ends, and 

the overall fibre volume fraction is   . It is assumed 

that fibres carry the longitudinal stresses entirely, 

which are transferred by the matrix through shear. 

Fibres respond linearly up to failure, with strength 

governed by a Weibull distribution; the non-linear 

behaviour and fracture of the matrix is also taken 

into account. 

 

The response of discontinuous-fibre composites is 

governed by deformation and damage mechanisms 

operating at different scales. These are considered in 

the modelling framework as represented in Fig. 1: 

 

i. Macroscopic response of a discontinuous-fibre 

composite specimen, composed by stochastic 

variations of cross sections; 

ii. Tensile response of a cross section with length 

  , containing a critical Representative Volume 

Element (RVE); 

iii. Tensile response of a locally-periodic (in the 

longitudinal direction) RVE containing       

fibres; 

iv. Tensile response of a single fibre with 

stochastic strength and 4 interacting 

neighbours; 

v. Shear-lag interaction between two neighbouring 

quarter-fibres in a square arrangement with 

randomly located ends; 

vi. Shear-lag response of the overlap region 

between two neighbouring fibre ends. 

 

2.2 Shear-lag model for the overlap region 

between fibre ends 

Consider the 1D representation of a shear overlap 

(of length     in Fig. 2, composed by two stiff 

quarter-fibres   and   (fibre cross section   , 

circumference   , equivalent thickness    and 

stiffness   ), and an interlayer of soft matrix 

(thickness   ): 

 

   
  

 
  and    (√

 

    
  )       (1) 
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The matrix is assumed to have a generic piecewise 

linear constitutive response in shear (Fig. 2c), so that 

each subdomain   is characterised by its secant 

modulus  [ ]   . 

 

Considering shear-lag stress transfer from fibres   

to  , longitudinal stresses       and       are 

related to displacements      and        matrix 

shear deformation       and stresses       by: 

 

{
 
 

 
  

      

  
 

      

  
 

     

  
                                 

      

  
 

           

  
 

           

     
     

 (2) 

 

Putting         , Eq. 2 can be combined as: 

 

 
      

   
 

   [ ]       

        
    

 
(3) 

 

This differential equation defines the stress fields in 

each subdomain [ ] of the overlap (Fig. 2b), as well 

as its process zone length    
[ ]

 . Global fields are 

determined by imposing continuity of stresses and 

strains at the transitions   [ ]  between adjacent 

active subdomains ({       }  in Fig. 2b) in the 

overlap. 

 

This framework allows the calculation of the 

complete length of combined process zones 

(represented as    
[         ]

) as well. Therefore, the 

evolution of the set of active subdomains {      
 } with progressive loading is controlled by the 

relation between the combined process zone length 

   
[         ]

 and the overlap half-length: 

 

1. If    
[         ]

  , subdomains {         } 

cannot develop fully within the overlap. 

Consequently, the central domain [ ]  will be 

deactivated once        [ ], and the new set of 

active subdomains becomes {         }; 
 

2. If    
[         ]

  , subdomains {         } 

can fully develop within the overlap. 

Consequently, a new edge subdomain [     ] 

is activated once        [   ], and the new set 

of active subdomains becomes {         }. 

This ability to define a priori the sequence of active 

subdomains in the overlap – despite considering a 

generic and non-linear matrix constitutive law – 

allows for calculating global stress and strain fields 

without an iterative process. The complete 

equilibrium solution is obtained by varying the 

matrix shear strain at the centre of the overlap within 

   [      ]. 
For a staggered discontinuous composite with 

perfectly centred fibre ends (       , Fig. 2a), 

remote stresses and extensions are finally calculated 

as (subscript   represents    ): 

 

{
 
 

 
   

  
     

 
    

   

 
                                        

  
  

     

   
 ∫

     

      

  

   

    
     
   

 
   

    
 

 (4) 

 

These expressions neglect the presence of resin 

bridging regions between contiguous fibre ends, 

making them suitable for composites with high    

and/or large   . 
 

2.3 Interaction between neighbouring fibres with 

randomly located ends 

Consider the local representation of a discontinuous 

composite with randomly located fibre-ends shown 

in Fig. 3a. Quarter-fibres   and   interact through 2 

overlaps with lengths    and    (with      ) such 

that: 

 

             and      
       ⁄    (5) 

 

The interaction between   and   is therefore 

completely defined by the stochastic variable  : 

 

  
    

  
 with           (6) 

 

Neglecting internal shear stresses within each fibre, 

the response of the    interaction can be calculated 

by applying the previous shear-lag model to the 

overlaps    and    in series (since    

     

 ): 

 

{
  

     

     

                                  

  
    

        

    
            

    
  

 (7) 

 

Because the interaction is load-controlled, the 

shortest (weakest) overlap controls the strength of 
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the interaction, after which the longer overlap 

unloads elastically. 

 

2.4 Stresses and failure of a fibre with 4 

interacting neighbours and stochastic strength 

Each individual fibre      undergoes tensile stresses 

built through the interactions with its 4 neighbours 

(characterised by     
 ,     

 ,       
 ,       

 , see 

Fig. 3b,c), which may lead to fibre failure. In order 

to account for the typical brittle nature of technical 

fibres, assume that their strength under uniform 

stresses is characterised by a Weibull distribution 

with modulus   and scale parameter    at the 

reference length   .  

 

When embedded in a composite, a discontinuous 

fibre undergoes a complex stress field; this depends 

on the local architecture, matrix response and fibre 

length, meaning that accurate probabilities of failure 

cannot be calculated analytically.  

For the sake of simplicity consider that, for a given 

remote strain   
 , fibre stresses are linear between 

zero (exact at the fibre ends) and a maximum   
   , 

estimated from its 4 interactions as: 

 

{

  
   

    
 

       
 

   
      
 

         
 

                      

  
      

   
 

   

 
    
 

       
 

   
      
 

         
 

 

 
  

  

(8) 

 

It can be demonstrated [4] that, according to the 

WLT, the probability of failure for a fibre of length 

    under a linear stress field between 0 and   
    is 

given by: 

 

     
          [ 

 

   
 
  
  

 (
  

   

  
)

 

]  (9) 

 

This is used to assign a stochastic strength    to each 

individual fibre (see Eq. 11 in Section 2.5), so that 

failure occurs when (if)   
      

      ; at this 

point, the fibre unloads instantaneously under 

displacement control, and   
      for any larger 

remote extension. It must be emphasised that failure 

of a single fibre does not affect its neighbours. 

 

 

 

2.5 Stress-strain response of a locally-periodic 

cross section 

Fig. 3a,b illustrates the RVE of the cross section in a 

composite specimen (dimensions   
    ), with 

      fibres of length   .  
 

The internal geometry of the cross section is 

determined by the end location of each fibre      

(normalised by   ). This defines           
horizontal and vertical interactions according to: 

 

{

                                             

    
     (|           |   |           |)       

    
     (|           |   |           |)       

 (10) 

 

Due to the absence of interaction for fibres at the 

boundary of the cross section,     
    at  

  {      }, and     
    at   {      }. 

 

The stochastic strength of each fibre,     , is defined 

from the in-situ strength distribution in Eq. 9: 

  

        [       
  
  

      ]
   

  

{   }  {    }
    

 (11) 

 

Assuming uniform fibre lengths and high fibre 

content, the local arrangement of fibre ends must be 

periodic along the longitudinal direction. This 

suggests that periodic boundary conditions can be 

used (neglecting variability amongst adjacent cross 

sections arising from the stochastic fibre strength). 

The nominal response of the cross section is thus 

calculated by imposing a uniform remote strain (  ) 

to all fibres, whose stresses are averaged (following 

a global load sharing scheme) within the composite:  

 

{

        
         [    ]             

    
      

  

 
 
∑      

            
   

  
 

 (12) 

 

 

2.6 Macroscopic response and final failure 

The nominal response of the composite calculated in 

Eq. 12 does not allow for strain localisation within 

the cross section of a specimen. This corresponds to 

a fully ductile behaviour, which is far from realistic 

in fibre-reinforced composites.  
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In order to derive a better representation of the 

failure process in discontinuous-fibre composites, 

consider that the local material response varies 

stochastically, due to the randomness of fibre end-

location and strength (Eq. 10 and 11). Under a 

progressively increasing remote stress   , the 

composite will behave as follows: 

 

1. The macroscopic response will be initially 

dominated by the nominal (ie average) behaviour. 

Locally weak regions of size   and strength 

        will start failing and softening; but 

failure propagation will be arrested by the locally 

stronger neighbours; 

 

2. As   increases, each of the softening regions 

will grow and loose load-carrying capacity. Local 

cracks will form, surrounded by material which 

must necessarily be under stresses equal to its 

limiting strength; 

 
3.  As         

 , one of the softening regions will 

grow up to a size         such that its 

surrounding material is not sufficiently stronger 

to withhold strain localisation, and it becomes 

energetically more favourable for the material to 

fail through catastrophic crack propagation. 

 

According to this sequence of events, final failure of 

discontinuous-fibre composites is governed by a 

combination of fracture mechanics and the local 

strength distribution of the material (Fig. 4a). This is 

characteristic of quasi-brittle materials, and requires 

considering the transition between brittle behaviour 

(governed by the fracture toughness) and ductile 

behaviour (governed by the strength).  

 

Dug ale’s strip-yield model [5] is a classical 

approach for the problem of fracture in non-linear 

materials. Considering a centre-crack (length   ) in 

a linear-elastic – perfectly-plastic material (with 

yield strength   ) under remote stresses   , the 

equivalent stress intensity factor is derived as: 

 

    
       √   √

 

  
      (

 

 
 
  

  
)  (13) 

 

This relation can be extrapolated to other geometries 

to derive Failure Assessment Diagrams (as shown in 

Fig. 4b) [6]. This allows the energy release rate of a 

non-linear material (  ) to be calculated from the 

linear-elastic equivalent (  ) and stress levels    and 

   as: 

 

    
              [

 

  
      (

 

 
 
  

  
)]  (14) 

 

Failure will therefore occur when          and 

    
          ,       and       being respectively 

the strength and fracture toughness of the material. 

 

Eq. 14 effectively bridges the two extreme cases of 

ductile (strength dominated) and brittle (toughness 

dominated) fracture: 

 

 Dug ale’s factor in Eq. 13 tends to       when 

     . Consequently, a perfectly brittle 

material (finite       and         ) will fail 

when                   ; 

 

  Dug ale’s factor in Eq. 13 tends to    when 

     . A perfectly ductile material (        

and         ) will thus fail when          . 

 

This concept is adapted for the problem of final 

failure in discontinuous fibre composites. As 

represented in Fig. 4a, consider that the composite is 

characterised by a nominal strength        . Due 

to stochastic variability, one can define the weakest 

penny-shaped region (with radius  ), which fails at 

the stress level         . Failure will occur when a 

sufficiently large region undergoes softening so that: 

 

                                         (15) 

 

For a penny-shaped crack, 

 

        (
 

 
   √   )

 

 
 

    
   (16) 

 

where      is the equivalent stiffness (accounting 

for plane strain and orthotropic behaviour). 

Combining Eq. 14-16, the criterion for final failure 

is defined as: 

 

      
  

  

 

    
    

             (
 

 
 
     

    
)   (17) 

 

The value of       and      which satisfies Eq. 17 

(calculated using moving windows in entire 

ICCM19 2884



 

5  

AN ANALYTICAL MODEL FOR THE MECHANICAL RESPONSE  

OF DISCONTINUOUS COMPOSITES  

stochastic realisations of composite specimens) is 

used as a cut-off in the nominal response calculated 

from Eq. 12. A simple method to estimate the 

fracture toughness       is derived in the next section. 

 

2.7 Fracture toughness of a discontinuous-fibre 

composite 

The overall fracture toughness of a discontinuous 

fibre composite, required for Eq. 17, can be 

estimated from the contribution of debonding 

(subscript    , toughness   ) and pull-out 

(subscript   , friction stress   ). For each interaction 

between a pair of ¼ fibres (circumference   ), the 

work dissipated is: 

 

     
  

 
         ,     

  

 
    

   
 

 
   (18) 

 

Normalising the energy dissipated by the projected 

area         ⁄ , the toughness components are: 

 

     
    

  
         ,     

  

  
       

    (19) 

 

This expression assumes uniform debonding and 

pull-out lengths (      and    ). To account for 

stochastic fibre end-location and strength in a real 

discontinuous-fibre composite, the actual energy 

dissipated by debonding can be defined as: 

 

     ∫                                     
    

      

 (20) 

 

In the previous expression,         is the probability 

density function for      (uniform distribution within 

[      ]).          is the fraction of fibres actually 

debonding, meaning they must survive the triangular 

stress field with   
        ⁄         ., where     

is the matrix/interface shear strength. According to 

Eq. 9, this implies: 

 

            [ 
 

   
 
  
  

 (
         

     
)
 

]   (21) 

 

Integrating Eq. 20 and following a similar procedure 

for the pull-out contribution, the overall toughness 

of a discontinuous-fibre composite is calculated as: 
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It must be noted that Eq. 22 is strictly valid for 

short-fibre composites only, as longer fibres will 

develop different dissipation mechanisms 

(debonding and pull-out from in-situ broken ends) 

not taken into account. For this reason, the actual 

toughness of composites with long fibres is assumed 

to saturate at the maximum value predicted by 

Eq. 22, as exemplified in Fig. 5a.  

 

3 Results 

The model developed in Section 2 was applied to 

predict the mechanical response of discontinuous-

fibre composites with geometry and 

micromechanical properties as defined in Table 1. 

The effect of different matrices was studied 

considering the brittle and ductile cases as 

represented in Fig. 4b. 

Fig. 6 presents intermediate results produced by the 

shear-lag model for the response of the overlap and 

the interaction between neighbouring ¼ fibres in a 

ductile matrix. Fig. 6a shows that the stress-strain 

response of short overlaps mimics that of the matrix, 

yielding low strength but large deformations. In 

contrast, long overlaps respond quasi-linearly up to 

the maximum stress, after which the load-bearing 

capacity is quickly lost. Fig. 6b illustrates the effect 

of stochastic location of fibre-ends, as the maximum 

load achieved in the staggered centred case  

(     ) is progressively lost for coordinated fibre 

ends (   ). 

The predicted stress-strain response of composites 

with different fibre lengths is shown in Fig. 7. 

Comparing Fig. 7a and 7b highlights the effect of 

different matrices – which is very pronounced for 

the subcritical fibre case, but progressively reduced 

for increasing fibre lengths. It is also shown that the 

response of composites with long fibres is nearly 

linear, while composites with shorter fibres present 

some degree of non-linearity (depending on the 

matrix). 
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Fig. 8 shows how the mechanical response of 

discontinuous composites is affected by fibre length. 

Both the strength and the stiffness increase with 

fibre length – due to more effective load-transfer 

between neighbouring fibres – up to a plateau level – 

when fibre failure becomes dominant. 

The evolution of maximum extension is more 

complex. As shown in Fig. 8c, the ductility increases 

as the fibre length is reduced from large values, due 

to the extra shear deformation mechanism occurring 

near fibre ends. However, below a certain threshold 

(           in Fig. 8c), the strength drastically 

reduces, causing a decrease in deformation as well. 

For even shorter fibres (         ), the response 

of the composite becomes dominated by that of 

matrix – thus the extension will increase with 

decreasing fibre length in a ductile matrix, while it 

will keep on decreasing for the brittle case (also 

highlighted in Fig. 7). 

Fig. 8d shows the percentage of failed fibres in the 

critical cross-section of the composite for different 

fibre lengths. The model is able to capture the 

transition (at           ) between failure in a 

fibre-avoidance mode (in which matrix failure joins 

existing fibre ends) and in fibre-breakage mode. 

 

4. Conclusions 

A model for the mechanical response of 

discontinuous-fibre composites was developed. The 

formulation assumes a shear-lag stress transfer 

mechanism between neighbouring fibres, 

considering a generic response for the matrix. The 

stochastic distribution of fibre strengths and end-

locations is taken into account. Final failure is 

determined by a criterion a apte  from Dug ale’s 

strip-yield model, combining the effect of finite 

strength, finite toughness and stochastic variability 

of local properties.  

Predicted stress-strain curves showed a strong 

dependence on both fibre length and matrix 

constitutive law. Composites with very short fibres 

are necessarily weak, while those dominated by fibre 

failure present low extension at failure. The model is 

also able to capture the critical fibre length for the 

transition between matrix and fibre dominated 

response. 

The model suggests that composites with aligned 

fibres of intermediate length can provide a 

combination of high stiffness, high strength and 

moderate ductility. It also highlights the relevance of 

several effects – eg local and global variability, 

quasi-brittle failure and non-linear matrix response – 

in the response of discontinuous-fibre composites. 
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AN ANALYTICAL MODEL FOR THE MECHANICAL RESPONSE  

OF DISCONTINUOUS COMPOSITES  

 
Fig. 1: Scales in the model for discontinuous-fibre composites. 

 

  
a) Discontinuous-fibre composite 

with centred fibre ends. 
b) Half overlapping region (half-length  )  

with active matrix subdomains. 

c) Matrix constitutive law  

under shear. 

Fig. 2: Shear-lag model for overlapping region between fibre ends. 

 

 

 

a) Interaction between  

neighbouring quarter fibres. 

b) Mapping of fibres and 

interactions in the cross section. 

c) Interactions between a fibre and 

its 4 neighbours. 

Fig. 3: Locally periodic (in the longitudinal direction) cross section with randomly located fibre ends. 

ICCM19 2887



 

 

 

a) Fracture mechanics of final failure (axisymmetric). b) Failure criterion in the      
 ) domain. 

Fig. 4: Modelling final failure in discontinuous fibre composites. 

 

 

Table 1: Nominal inputs for modelling. 

Geometry Fibre Interface 

                                                                 
        

7 50 2 20 230 4000 10 4.5 10 

 

 

 

  
a) Fracture toughness of the composites. b) Matrix constitutive laws. 

Fig. 5: Modelling inputs for predicting the response of discontinuous fibre composites. 
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AN ANALYTICAL MODEL FOR THE MECHANICAL RESPONSE  

OF DISCONTINUOUS COMPOSITES  

  
a) Responses of overlaps of different lengths. b) Responses of interactions with several         ⁄ . 

Fig. 6: Response of overlaps and interactions (ductile matrix, no fibre failure,          ). 

 

  
a) Composite with ductile matrix. b) Composite with brittle matrix. 

Fig. 7: Stress vs strain curves for discontinuous composites, considering different matrices and fibre lengths. 

 

    
a) Ultimate strength. b) Longitudinal stiffness. c) Final extension. d) Total fibre breakage. 

Fig. 8: Effect of fibre length on the mechanical response of discontinuous composites with ductile matrix. 
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1 Introduction  
Affordable fibre reinforced lightweight polymer 
materials are potential candidates to substitute rolled 
homogenous armour steel in add-on panels for 
military vehicles [1]. Among other threats, the 
panels protect against improvised explosive devices 
(IED), which produce explosions causing high strain 
rate deformation in both in-plane and out-of-plane 
directions of the plate as well as shearing. One of the 
major design decisions is the choice between a 
thermoset and thermoplastic matrix type where 
thermoplastic matrix systems are deemed to be 
favourable due to their higher inherent toughness [2].   
The rate sensitivity of the out-of-plane properties for 
UD fibre laminates has been reported in the 
literature, but mostly for composite materials with a 
thermoset (e.g. epoxy) matrix [3-5]. The out-of-
plane properties are dominated by the matrix 
behaviour [2] and an increase in stiffness and 
fracture stresses were found with increasing strain 
rate [3-5]. Since the matrix is dominant in the out-
of-plane directions, the properties of the fibres have 
less influence on the rate effects. Thus it is 
interesting to compare how the strain rate affects the 
material properties between the two types of matrix 
materials when fibres are added. This is important 
with respect to assessing the materials ability to 
survive an impact and its resilience to multiple hits.  

2 Materials 

An Eglass/LPET (Thermoplastic) and an 
Eglass/Epoxy (Thermoset) with unidirectional fibres 
were tested in the through thickness direction in this 
setup. Material details are given in in Table 1 with 
fiber and matrix types.  

Specimens were cut with a diamond saw and milled 
to final dimensions of 12x12x10mm (Width x 
Height x Thickness) and examples of specimens are 
shown in Fig. 1.  

For the quasi static case the specimen size was 20 x 
20 x 40 mm (Width x height x thickness) for 
stiffness measurements and 25 x 25 x 40mm (W x H 
x T) with a waisted cross section of 16 x 16mm (W 
x H). 

3 Test setup  

The materials were tested in compression under 
quasi static condition in an Instron 88R1362 servo 
hydraulic test machine [6, 7] and at 3 different strain 
rate levels in a spilt hopkinson pressure bar (SHPB). 
The strain rate levels were 150, 280 and 430/s for 
Eglass/LPET and 260, 300 and 490 /s for 
Eglass/Epoxy. A total of 30 specimens were tested at 
higher strain rates with 5 specimens for each strain 
rate and for each material. The specimen dimensions 
were the same for all three strain rates and the strain 
rate was varied through pulse shaping and impact 
speed in the Split Hopkinson Pressure Bar.  

3.1 The Split Hopkinson Pressure Bar 
A modified split hopkinson pressure bar, based at 
University of Southampton, was used to perform the 
compression tests at elevated strain rates.  
The Split Hopkinson Pressure Bar test rig is well 
described in the literature [8-10]. For this setup the 
Incident Bar was made from a high strength stainless 
steel, 2m long, while the output bar was made from 
high strength aluminum and only 0.6m long. This is 
a deviation from the classic setup of the SHPB [8] 
and this setup was used to recover the specimen after 
the first initial hit of the Incident Bar. In a classic 
setup the specimen will be subjected to multiple hits 
by the Incident bar which prevents post analysis of 
the specimen in a scanning electron microscope 
or/and CT scanner, as the damage cannot be 
considered a result of the measured loading of the 
specimen alone. The multiple hits occurs as the 
Reflected wave will travel back and forth in the 
Incident bar after the initial hit on the specimen and 
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push the Incident bar forward for each reverberation 
[10]. The recovery method used in this study is an 
alternative to the existing methods in the literature 
which are based on stopping the Incident bar after 
the first loading [11, 12]. The method used in this 
study is based on the principle that a Transmission 
bar with lower density and length than the incident 
bar will move faster away from the specimen, than 
the Incident bar will approach the specimen after the 
initial hit. Data for the Incident bar and Transmitter 
bar are given in table Table 2. 
The Incident bar and Transmitter bar were calibrated 
by measuring the density and wave speed in the bar. 
The wave speed was measured by firing the Striker 
bar on the bars without any specimen and the time 
between the incident and reflected wave correspond 
to twice the distance between the strain gage and bar 
end at the specimen side denoted Lsg in Fig. 3. The 
stiffness can then be calculated as [13] 

𝐸 = 𝐶2𝜌 (1) 

E is the E modulus; C is the one dimensional wave 
speed and ρ is the density.  
The classical formulas for the split hopkinson 
pressure bar, assume equilibrium across the 
specimens and are derived with the limitation that 
the Incident Bar and Transmitter Bar must be of 
equal diameter and made from the same material [8, 
9]. Further the equations also assume no dispersion 
of the waves as they propagate along the bars. The 
benefit of keeping identical position of the strain 
gage is that the signals are automatically time 
synchronized as both the reflected and transmitted 
wave will be delayed with the same amount of time 
from the specimen.  
Chen et al. modified the formulas to accommodate 
bars of different cross-sectional areas but with 
identical E modulus [14, 15]. However in this case 
the bar diameter is equal but E modulus is different. 
In this study a set of equations is derived which can 
account for both different cross sectional area and E 
modulus.  
The setup is given in Fig. 4 with interface 1 at the 
Incident Bar/ specimen interface and interface 2 at 
the specimen/Transmitter bar interface.  
The velocity at interface 1 at the onset of reflection 
can be calculated from the incident wave and the 
reflected part as [13]  

𝑉1(𝑡) = 𝐶𝐼(𝜀𝐼(𝑡) − 𝜀𝑅(𝑡)) (2) 

V1 is the velocity of the interface between the 
Incident bar and the specimen; CI is the wave speed 
of the Incident bar; εI is the Incident wave and εR is 
the reflected wave. The velocity V2 at the interface 
between the specimen and the Transmitter bar is 
solely calculated from the transmitted wave as 

𝑉2(𝑡) = 𝐶𝑇𝜀𝑇(𝑡) (3) 

The strain rate in the specimen can then be 
calculated from  

𝑑𝜀
𝑑𝑡

= 𝜀̇(𝑡) =
𝑉1(𝑡) − 𝑉2(𝑡)

𝐿𝑠
 (4) 

Where is 𝜀̇(𝑡) is the average strain rate in the 
specimen and Ls is the specimen length. Inserting (2), 
(3) into (4) gives 

𝜀̇(𝑡) =
𝐶𝐼(𝜀𝐼(𝑡) − 𝜀𝑅(𝑡)) − 𝐶𝑇𝜀𝑇(𝑡)

𝐿𝑠
 (5) 

Equation (5) gives the strain rate history and this can 
be integrated to obtain the strain history of the test as  

𝜀(𝑡) =
1
𝐿𝑠
�𝐶𝐼�𝜀𝐼(𝜏) − 𝜀𝑅(𝜏)� − 𝐶𝑇𝜀𝑇(𝜏)𝑑𝜏
𝑡

0

 (6) 

Where 𝜀(𝑡) is the strain in the specimen. Forces at 
each end of the specimen can be calculated, using 
linear elasticity of the bars, as 

𝑃𝐼(𝑡) = 𝐴𝐼𝐸𝐼�𝜀𝐼(𝜏) + 𝜀𝑅(𝜏)� 
𝑃𝑇(𝑡) = 𝐴𝑇𝐸𝑇(𝜀𝑇(𝜏)) (7) 

The stress 𝜎1(𝑡)  in the specimen at the Incident 
bar/specimen interface can then be calculated as  

𝜎1(𝑡) =
𝐴𝐼𝐸𝐼
𝐴𝑠

�𝜀𝐼(𝜏) + 𝜀𝑅(𝜏)� (8) 

And the stress 𝜎2(𝑡)  in the specimen at the 
specimen/Transmitter bar interface can be calculated 
as  

𝜎2(𝑡) =
𝐴𝑇𝐸𝑇
𝐴𝑠

(𝜀𝑇(𝜏)) (9) 

The average stress 𝜎𝑠(𝑡)  in the specimen can be 
calculated as  

𝜎𝑠(𝑡) =
𝜎1(𝑡) + 𝜎2(𝑡)

2
 (10) 

Which becomes 
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𝜎𝑠(𝑡) =
𝐴𝐼𝐸𝐼
2𝐴𝑠

�𝜀𝐼(𝜏) + 𝜀𝑅(𝜏)�

+
𝐴𝑇𝐸𝑇
2𝐴𝑠

(𝜀𝑇(𝜏)) 
(11) 

AI is the cross sectional area of the Incident bar, and 
EI is the elastic modulus of the Incident bar. AT is 
the cross sectional area of the Incident bar and ET is 
the elastic modulus of the Incident bar.  
If the specimen is in equilibrium the interface 
stresses will be equal and the condition in equation 
(12) will apply. 

𝜀𝐼 + 𝜀𝑅 = 𝐾𝜀𝑇  (12) 

Where K is defined as 

𝐾 =
𝐴𝑇𝐸𝑇
𝐴𝐼𝐸𝐼

 (13) 

If K=1, i.e. bars of the same material and cross-
section, and the equilibrium condition in equation 
(12) applies, equation (5), (6) and (10) will reduce to  

𝜀̇(𝑡) =
𝐶𝐼
𝐿𝑠
𝜀𝑅(𝑡) (14) 

 

𝜀(𝑡) =
𝐶𝐼
𝐿𝑠
� 𝜀𝑅(𝜏)𝑑𝜏
𝑡

0

 (15) 

 

𝜎𝑠(𝑡) =
𝐴𝐼𝐸𝐼
𝐴𝑠

𝜀𝑇(𝜏) (16) 

which are the classic Kolsky formulas [9]. However 
in this work they are used without the assumption in 
equation (12) and with K defined as in equation (13).  
The Incident, reflected and Transmitted wave were 
time synchronized according to the procedure 
outlined in [10] and an example of time 
synchronized signals are given in Fig. 5. 
 
3.2 Pulse shaping 
A fast rising Incident pulse will increase the time the 
specimen needs to attain dynamic equilibrium. The 
Incident pulse must also be shaped to accommodate 
different strain rates as the obtained strain rate in the 
test will be a function of the relative impedances 
between the bars and specimen and the stress rate of 
the pulse. The stress rate is a function of the input 

speed and the pulse shaping. In this study copper 
pulse shapers were used and the resistance model in 
equation (17) of a soft 11000 grade copper were 
calibrated according to the procedure proposed in 
[16].  

𝜎𝑝 =  
𝜎0𝜀𝑝𝑛

1 − 𝜀𝑝𝑚
 (17) 

σp is plastic stress in the pulse shaper and εp is the 
plastic strain. The calibrated values were found to be 
σ0 = 608,3Mpa , n = 0.2387, m = 4,2360.  
From equation (14) it is seen that the strain rate is 
proportional to the reflected pulse. Taking stress 
equilibrium at Incident bar/ specimen interface 
yields 

𝜎𝑅(𝑡) = 𝜎𝑠(𝑡) − 𝜎𝐼(𝑡) (18) 

σS is the stress in the specimen σR and σI is the 
reflected and Incident stress respectively. The 
specimens used in this study are elastic up to 
fracture, so the specimen stress will vary through the 
test. If σR must be constant the Incident pulse must 
vary with time as σs and thus the need for a shaped 
input pulse to obtain a constant strain rate [10]. 
Table 3 gives the setup details used for the low, 
medium and high strain rate regimes.  
Fig. 6 shows a copper pulse shaper positioned at the 
Incident bar and Fig. 8 shows how the input pulse is 
varied to obtain the strain rate profiles in Fig. 7. To 
obtain a single strain rate value for each test the 
strain rate was averages in the strain interval 1-1.8% 
and the strain rates are shown in Fig. 9 with 95% 
confidence interval for each strain rate group.  
 
3.3 Dispersion and alignment of pulses 
All 3 signals were dispersion corrected by shifting 
the waves to the Bar/Specimen interface according 
to the procedure outline in [17, 18]   and the 
relationship between wave speed and wavelength 
was calculated with the Love approximation of the 
Pochhammer-Chree wave equation [19].    
 
4 Results  
The stress strain curves were generated from the 
obtained Incident, Reflected and Transmitted pulses 
using equation (6) and (11). The failure stress was 
determined as the maximum stress on the stress 
strain curve and the failure strain was taken as the 
strain corresponding to the failure stress. The E 
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modulus was calculated in the interval 1 – 1.8% 
strain. 
Fig. 14 and Fig. 15 shows stress strain curves for the 
low and high strain rate of the Eglass/LPET material 
and Fig. 16 shows all the results plotted with 95% 
confidence interval. The results were grouped in the 
low, medium and high strain rate groups.  
 
4.1 Digital image correlation check 
To verify the measurements, 4 tests (Eglass/Epoxy 
low strain rate) were conducted with a Vision 
Research camera V1610 high speed camera to 
monitor the test.  A speckle pattern was painted on 
the surface of the specimen and  The Digital Image 
Correlation software ARAMIS 2D from GOM [20] 
was used to calculate the strain field on the surface 
of the specimen and the strain measurements were 
taken as an average of the facets within the red 
square in Fig. 11. The DIC strain measure was used 
with the stress measure from the SHPB to generate 
stress strain curves from which the E modulus was 
calculated. Direct comparisons of the measures are 
shown in Table 4 and a comparison of stress strain 
curves are shown in Fig. 9. 
A paired T test was conducted with the hypothesis, 
that the means are equal, were found to be P = 0.49, 
so the means are not significantly different.  
 
5 Discussion 
The stress strain curves in Fig. 14 and Fig. 15 show 
a linear response up to fracture for both the low and 
high strain rates. However the high strain rate results 
shows more noise in the stress strain curves, but this 
were due to a noisy Incident wave as shown in Fig. 
7. All results are shown in Fig. 16 with failure strain, 
failure stress and stiffness plotted with 95% 
confidence interval for each strain rate regime. 
Eglass/LPET shows an increase in failure strain and 
then a drop with increasing strain rate which indicate 
a change in failure mechanism as the strain rate 
passes through a strain rate regime. Eglass/Epoxy 
shows an increase in failure strain from quasi static 
to the lowest strain rate and then a stable level. Both 
materials experience an increase in failure stress 
with strain rate, however the Eglass/LPET is more 
pronounced to this effect. The Eglass/LPET also 
shows a higher increase in failure stress from quasi 
static strain rate to the lower strain compared to the 
Eglass/Epoxy which indicate a different behavior of 
the matrix during high strain rate event.  

For both materials the stiffness is decreasing with 
increasing strain rate and behaves softer than under 
quasi static strain rates.  
Some specimens were post analysed by capturing 
scanning electron images of the fracture surfaces. 
Fig. 12 and Fig. 13 show the more ductile behavior 
of the Eglass/LPET in terms of less splitting of the 
matrix compared to the Eglass/Epoxy. This is 
contradictory to the behavior in the failure strain plot 
where the Eglass/Epoxy has higher strain to failure 
for all strain rates.  
 
6 Conclusion 
A thermoset (Eglass/Epoxy) and thermoplastic 
(Eglass/LPET) fibre reinforced material has been 
tested for strain rate sensitivity in the thickness 
direction for a UD layup in a Split Hopkinson 
Pressure Bar. The strain rates ranged from quasi 
static to 500 /s. 
The Eglass/LPET showed a higher sensitivity to 
strain rate for the failure stress than the 
Eglass/Epoxy. For failure strain the Eglass/LPET 
showed an Increase from quasi static strain to 150/s 
and then slowly decreasing with increasing strain 
rate. This behavior indicates a shift in failure mode 
inside the material.  
For both materials the E modulus was found to 
decreasing with increasing strain rate. To check the 
results from the Split Hopkinson Pressure Bar, 4 
tests was monitored with Digital Image Correlation 
and the E modulus was calculated from these results 
and found similar with the SHPB results.  
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Table 1 - Material details 

Property Eglass/Epoxy Eglass/LPET 
Panel size 200x200x21,9mm 250x250x22mm 

Fabrics Non crimp fabric 
SAERTEX 

S14EU990-00940-
T1300-499000 
With 950g/m2 

E-glass 1200 tex 
4588 

WG2-LPET-1000-
UD 

With 1050g/m2 
Area weight 43,4kg/m2  

Layup [0°]36 [0°]44 
Matrix Araldite LY 564 

Epoxy with Aradur 
917 harder and DY 

070 accelerator 

LPET 

Production 
method 

Vacuum Infusion Vacuum 
consolidation 

 
Table 2 Bar Properties 

 Incident bar Transmitter 
bar 

Material Stainless steel Alu 7075 T651 
Length  
(m) 

2.001 0.617 

E modulus 
E (GPa) 

191.9 73.4 

Density 
ρ  (kg/m3) 

7741 2809 

Wave speed 
C ( m/s) 

4978 5112 

 
Table 3 - Pulseshaping setup 

 Low  
Strain rate 

Medium 
strain rate 

High 
Strain rate 

Copper 
Pulse shaper 
dimension 

(Dia. x Thk) 

8,73 x 2mm 9,53 x 2mm 11,41 x 
2mm 

Strikerbar length 
(mm) 150 150 100 
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Table 4 - Comparison of calculated stiffness for SHPB 
and DIC measurements 

Specimen 

SHPB 
analysis 

E modulus 
(GPa) 

DIC 
Analysis 

E modulus 
(GPa) 

01 7.54 7.83 
02 9.34 9.83 
03 9.66 8.85 
04 8.65 7.33 

 
 
 
 

 
Fig. 1 – Eglass/LPET specimens.  

 
Fig. 2 - The modified Split Hopkinson Pressure Bar 

 
Fig. 3 - Travel distance between the Incident and 
Reflected wave 

 
Fig. 4 Schematic overview of the specimen, bar 
interfaces. The interface between the Incident bar and 
the specimen is numbered 1, while the interface 
between the specimen and the Transmitter bar is 
numbered 2 

 

 
Fig. 5 - Time synchronized signals 
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Fig. 6 - Copper pulseshaper positioned on the Incident 
Bar 

 
Fig. 7 - Incident pulses for different strain rates 

 

 
Fig. 8 – Three levels of strain rates  

 
Fig. 9 - Obtained strain rates 
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Fig. 10 - Comparison of stress strain curves generated 
with SHPB and DIC as strain measure 

 
Fig. 11 – Digital Image Correlation measurements 

 
Fig. 12 - Eglass/LPET 

 

 
Fig. 13 - Eglass/Epoxy 
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Fig. 14 – CRBB22E-01-05 

 
 

 
Fig. 15 CRBB22E-11-15 

  
Fig. 16 - Failure strain, failure stress and E modulus 
plotted with 95% confidence interval  
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1 Introduction  

 

To improve the delamination resistance in fiber-

reinforced composite laminates, several through-

thickness reinforcement (TTR) techniques have been 

developed, e.g. stitching [1], tufting [2-3], 

Zanchoring [4-5] and z-pinning [6]. Z-pinning refers 

to the insertion of short, discontinuous rods which 

are inserted in the through-thickness direction of 

prepreg composite laminates. The z-pins exert 

traction forces (via a combination of adhesion and 

friction) that suppress the crack opening 

displacement, retard delamination growth and 

enhance the effective delamination toughness [7-8]. 

Z-pins, which are supplied in a square pattern via a 

low density foam (preform) carrier, are inserted into 

a prepreg laminate using a high frequency ultrasonic 

hammer prior to the curing process. After the 

insertion process, the remaining part of the preform 

and z-pin is sheared off and the laminated composite 

is cured in an autoclave. The z-pin is characterized 

by the material, length, diameter (typically 0.2 – 1.0 

mm) and areal density (typically 0.5 – 4.0%). The 

mechanisms of crack bridging have been 

investigated for a variety of z-pin materials such as 

pultruded carbon-fiber composite, glass-fiber 

composite and titanium alloys [8]. 

 

Only a relatively small volume fraction of z-pins is 

needed to significantly enhance the through-

thickness properties and damage tolerance.  Studies 

have shown an improved resistance to compression 

after impact damage and delamination static/fatigue 

crack growth due to z-pin reinforcement [10-11]. 

However, the presence of the pins creates resin 

pockets and disrupts the alignments of the fibers 

(creating regions of localized waviness) and can 

significantly degrade the in-plane properties, such as 

tensile and compressive strength, by as much as 30% 

[12]. This significant trade-off between in-plane 

properties and improvement in delamination 

resistance dictates that z-pins should only be 

selectively inserted in areas ‘vulnerable’ to 

delamination propagation.  

 

Currently, industrial applications of z-pinned 

components remain limited. Manufacturing of z-

pinned components have followed a somewhat ad-

hoc approach which is largely based on limited 

experimental characterization. The lack of technical 

standards has consequences for life prediction and 

design of certifying tests for the structural integrity 

of z-pinned components [13]. Furthermore, lab-

based coupon testing of pinned laminates may 

produce non-conservative predictions for 

delamination resistance for a given configuration but 

show different fracture characteristics in a structure 

of different scale, geometry or loading [13].  

 

Thus, comprehensive design strategies and tools 

which can predict the inter-laminar failure under 

various loading and environmental conditions are 

important to bring z-pins to a higher level of 

technological maturity. A number of approaches 

have been presented in the open literature for 

predicting the resistance to delamination in z-pinned 

composite laminates. Analytical micro-mechanical 

constitutive models which implicitly relate the 

bridging forces to the crack opening displacement 

have been presented for mixed-mode loading cases.  

A generalized micro-mechanical analytical model 

was developed by Cox [14] to describe the behavior 

of through-thickness bridging tows when inclined to 

the fracture plane and subject to mixed-mode 

loading conditions. This model was employed by 

Zhang [15] to predict the Mode I response of double 

cantilever beam (DCB) pinned specimens using the 

finite element (FE) method. Allegri and Zhang [16] 
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presented a micro-mechanical model which 

represented the reinforcing tow as a rigid rod 

embedded in a Winkler type linear elastic 

foundation. The derived bridging force-displacement 

map was subsequently implemented in FE analyses 

of cruciform joint configurations via non-linear 

springs. Bianchi and Zhang [17] have recently 

implemented bi-linear cohesive zone formulations at 

discrete pin locations where the Mode I z-pin 

bridging action is governed by a traction-separation 

law derived from a meso-mechanical model of the 

pin pull-out process. This work was further extended 

to mode II loading conditions [18], in which a 

micro-mechanical constitutive model was 

implemented which describes the reinforcing tow as 

an Euler-Bernoulli beam embedded in a Winkler 

elastic foundation. To account for the mode II 

toughness enhancement of the pins, discrete 

cohesive zone elements were implemented in FE 

analyses of end-notched flexure (ENF) reinforced 

specimens with encouraging results.   

 

Nevertheless, theoretical derivations and the 

numerical implementations of these approaches have 

been primarily geared towards one specific mode of 

delamination (UD dominated stacking sequence) and 

an expansion of these techniques for modeling 

mixed-mode type delamination using one set of 

parameters is not yet available in a general 

numerical framework. 

 

A complete mapping of the large-scale bridging 

effect as a function of loading regime, material 

geometry and structural configuration requires a 

multi-scale approach. In this paper, an effective and 

robust multi-scale modeling tool is presented that 

combines the classical cohesive finite element (FE) 

methods with a semi-analytical TTR constitutive 

model.  

 
2 Modeling strategy 

 
The modelling strategy employed in this research is 

presented in Fig 1. A micro-mechanical constitutive 

bridging model of through-thickness pins subjected 

to mixed-mode loading is derived to obtain the 

bridging law. The model is calibrated by means of 

the apparent fracture toughness data obtained from 

experimental mixed-mode single z-pin pull-out tests. 

The resultant bridging law is then implemented into 

special-purpose cohesive zone elements for macro-

scale finite element analysis, see Fig 2. This 

cohesive element offers the flexibility to employ two 

cohesive laws concurrently, for the pinned and 

unpinned region. The goal is to derive a single set of 

z-pin parameters and a mixed-mode bridging map 

which can be implemented for all loading cases in a 

FE numerical framework.  

 

2.1 Micro-mechanical constitutive bridging model  

 

The experimental details of this strategy presented in 

Ref [9] and the analytical model are briefly 

described here.  

 

Extensive experimental work has been performed to 

characterize the damage tolerance capability of z-

pinned reinforced composite laminates. Work 

carried out at the University of Bristol [9] has 

characterized the pull-out response of single z-

pinned laminates (uni-directional, quasi-isotropic, 

zero-dominated and cross-ply) under mode I, mixed-

mode and mode II loading conditions. The 

experimental data of apparent toughness against 

mode-mixity reveals that a transition region exists 

where the behavior of the z-pins shifts from 

complete pull-out (low mode-mixity) to pin fracture 

due to combined tension and bending (high mode-

mixity). This transition region is difficult to quantify 

since a large standard deviation is reported for the 

experimental test data; attributed to the variability in 

the insertion misalignment angles and residual 

curvature of the z-pins.  

 

The micro-mechanical model represents the bridging 

tows as Euler-Bernoulli beams undergoing small but 

finite rotations upon elastic deformation. It is 

assumed that the beams are orthogonal to the 

delamination crack plane. The beams are embedded 

in a Winker type linear elastic foundation, as in 

Bianchi and Zhang [18]. The pin fracture is taken 

into account by using a Weibull strength criterion. 

This allows the transition from complete pull-out to 

pin fracture with increasing mode mixity, which is 

associated with a decrease in apparent inter-laminar 

fracture toughness, to be captured. It is postulated 

that the pure mode II response can be entirely 

attributed to the fracture toughness associated with 

the tensile fibre failure of the bridging pin under 
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bending loads. The system of non-linear differential 

equations is numerically solved as a boundary value 

problem in MATLAB. The z-pin axial (Z), 

transverse (X) and bending (M) bridging forces are 

expressed as a function of pull-out displacement (η) 

and transverse sliding displacement (∆U). The 

bridging forces and associated displacements are 

stored in lookup tables, from which interpolated 

values of        ,         are calculated during 

FE analyses. Furthermore, the model takes into 

account asymmetric pull-out behaviour of z-pins and 

is valid for brittle fibrous rods. 

 

The differential solution of the bridging forces is 

found by discretizing the normalized pull-out 

displacement d and mode-mixity  ranges in such a 

manner that for each value of , d increases 

incrementally. This numerical procedure is 

performed until the bridging pin satisfies the fibre 

failure criterion or complete pull-out is achieved.  

Input parameters which relate to the intrinsic 

material properties of the z-pin or geometrical 

configuration are known ‘a priori’ or can be 

assumed from values published in the open 

literature. However, parameters corresponding to the 

‘disturbed’ pinned laminate are not known and need 

to be estimated by means of a parallelized genetic 

algorithm (GA). The 6 calibrated input parameters 

are related to the foundation stiffness provided to the 

bridging tow by the embedding laminate, the 

frictional properties at the pin/resin pocket interface 

during pull-out and the strength and fracture of 

single z-pins. This micro-mechanical bridging model 

is calibrated by means of the apparent fracture 

toughness data obtained from mixed-mode pull-out 

testing of single carbon/BMI z-pins inserted into a 

quasi-isotropic laminate. As shown in Fig 3, the 

model is able to reproduce the correct trend of the 

apparent toughness as function of the mode-mixity.  

 

2.2 Implementation to cohesive zone element 

formulation 

 

The implementation of the micro-mechanical 

constitutive bridging law is achieved via means of 

continuum based cohesive elements written in a 

user-element subroutine (VUEL) in 

ABAQUS\Explicit. The user-defined cohesive 

elements are implemented as sets of continuum 

elements which represent the unpinned and pinned 

region. The formulation currently only allows non-

zero-thickness (continuum) elements.  

 

An explicit code is chosen to overcome some of the 

inherent convergence difficulties that can be 

encountered during material softening. For cases 

when failure and material degradation can occur, an 

explicit scheme is more favorable since it can handle 

large changes in the stiffness matrix compared to an 

implicit analysis.  Since, the bridging length of the 

inserted z-pins is of the order of magnitude of the 

laminate thickness, an explicit scheme was 

considered more favorable to avoid severe 

convergence issues.  

 

The unpinned cohesive zone model is governed by 

the laminate intrinsic toughness and behaves 

according to a mixed-mode bi-linear traction-

separation law as implemented by Jiang et al [19]. 

The energy dissipated during the crack opening is 

controlled via a constitutive formulation that uses a 

simple damage variable combined with a simple 

bilinear softening cohesive-decohesive law that 

relates the interfacial traction components (σ) the 

relative displacement components (δ). 

 

The z-pin bridging map, as shown in Fig 4, is stored 

as an array of facets and points. At each time 

increment, the bridging stresses are interpolated 

from the “nodal” (points) values of the facet on 

which the mixed-mode relative displacement δm can 

be projected, see Fig 5.  

 

3 Model verification 

 

3.1 Experimental tests 

 

The efficacy of this modeling strategy is evaluated 

by the simulation of double cantilever beam (DCB) 

and mixed-mode bending (MMB) specimens, both 

pinned and unpinned, using FE analysis. 64 plies of 

carbon-reinforced IM7/8552 were manufactured in 

which the stacking sequences for the full laminate 

were [(0/-45/90/45)4s]s. Mechanical properties are 

given in Table 1. The z-pins are made from 

pultruded T300/BMI. The specimens have an initial 

crack a0 formed by inserting a thin PTFE film in the 

mid-plane of the specimen before curing. In the 

f

f
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pinned laminate configuration, the z-pinned region 

covers 22.75 mm in length and spans the entire 

width of the specimen. Having an unreinforced 

region gives a clear indication of the bridging effect 

of the pins once a crack has initiated and propagated 

during testing. The DCB configuration is shown in 

Fig 6.  

 

MMB tests are popular mixed-mode fracture 

toughness tests since they easily facilitate the setup 

of different loading conditions using the same 

geometry of specimens. The loading conditions are 

defined by the linear relationship of three different 

displacement points (  ) of the specimen [20]: 

 

    (
 

 
)   (

   

 
)   

  (1) 

In Eqn (1), L refers to half the specimen length, c is 

the length from the point of load application to the 

mid-point of the specimen. Different mixed-mode 

conditions can be obtained by varying the length c, 

based on the following relationship: 
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√ (

   
 )   )

  
 
 
√ (

   
 )

 

(2) 

 

The MMB test apparatus is illustrated in Fig 7; the 

initial crack length a0 is 25 mm, the first unpinned 

length is 10 mm followed by a pinned region of 

22.75 mm.  The mixed-mode ( ) loading cases 

considered are   =22%, 43% and 66% 

corresponding to a lever length c of 101, 57.5 and 41 

mm, respectively. 

 

These tests allow the validation of the tool to a 

configuration in which the damage mechanisms is 

predominantly large-scale bridging without any 

other interaction with intra-laminar damage 

mechanisms.   

3.2 Macro-scale model description  

 

Based on previous modeling experience and to 

reduce the computational running time, a simplified 

‘unit strip’ model was developed which represents 

approximately a single row of 7 pins. The cohesive 

element formulation effectively ‘smears’ the 

periodic pin arrangement across the elemental area, 

hence individual modeling of the pins is not 

required. The unpinned and pinned regions are 

modeled using the same cohesive element 

formulation (VUEL) simply by activating (or 

deactivating) the appropriate resin/pin feature.  

Moreover, 8-node continuum shell elements SC8R 

with reduced integration and hourglass control are 

used to model the composite laminate beams, which 

accurately capture the laminate rotations. A 

schematic of the modeling setup for the DCB and 

MMB test cases are shown in Fig 8 and 9. The in-

plane cohesive element size is determined such that 

there are 4-5 elements within the fracture process 

zone. The cohesive element length used is 0.5 mm 

for all simulations, the upper bound of acceptable 

simulation results for the cohesive properties given 

in Table 2. Only one element per unit width was 

defined in the model since the crack propagation is 

orthogonal to this direction. 

 

The loading velocity defined in all solutions is 

approximately 1 mm/s (defined initially by a smooth 

ramp rate followed by a constant velocity) which 

produced satisfactory results in regard to 

insignificant dynamic effects. Furthermore, mass 

scaling was used to accelerate the solution time and 

no damping was used in the models.  

 

Element deletion was not active in these models 

since the cohesive elements have an in-built penalty 

stress algorithm to resist interpenetration of crack 

faces once an element has failed. These pseudo-

failed elements do not have the ability to carry stress 

or contribute to the stiffness matrix; however they 

allow the visualization of state dependent variables 

and negate the need of surface-to-surface contact 

algorithms. 

 

3.2 Numerical results 

3.2.1 DCB Results 

 

A comparison of the numerically calculated force vs. 

applied displacement with the tests results for a pin 

aerial density of 2% and pin diameter d = 0.28 mm 

is presented in Fig. 10. An initial linear elastic 

response is observed for both pinned and unpinned 
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specimens. The onset of delamination growth is 

similar for both tests cases, regardless of the 

presence of the pins, indicating that the initial 

fracture toughness (an intrinsic material property) is 

controlled by the resin-rich interfacial properties. 

For the unpinned specimens, a monotonic, 

continuous load drop characterizes the propagation 

of the delamination crack which continues to grow 

until it has reached the full length of the specimen. 

For the pinned specimens, following a small load 

drop as the crack tip propagates through the 

unpinned region, the crack reaches the the first row 

of z-pins. Here, the pins begin to exert traction 

forces which bridge (or partially suppress) further 

crack opening displacement, characterized by a 

gradual increase in the global force response. Since 

the pins are discrete entities embedded in the 

composite laminate, it is appropriate to refer to this 

phenomenon as ‘apparent toughness’ since it cannot 

be attributed to any intrinsic material properties. 

Very good agreement is obtained with the 

experimental data.  

 

3.2.1 MMB Results 

 

The results of several MMB simulations, using the 

same set of input parameters and bridging map, is 

shown in Fig. 11. Again very good agreement is 

obtained, giving confidence that the developed z-pin 

cohesive element tool is capable of modeling mixed-

mode response of pinned composite laminates 

without any additional calibration.  

 

Conclusions 

In this paper, a comprehensive numerical framework 

is presented in which user-defined cohesive 

elements have been developed to simulate the large-

scale bridging response of through-thickness-

reinforced composite specimens. This is achieved by 

successfully integrating a micro-mechanical 

constitutive bridging model into the element 

formulation. The micro-mechanical model describes 

the mixed-mode loading behavior of through-

thickness pins as Euler-Bernoulli beams embedded 

within a Winkler elastic foundation. It is assumed 

that the pin is inserted orthogonal to the 

delamination plane. Moreover, asymmetric pull-out 

response is also included to account for 

delaminations not acting in the mid-plane of the pin.  

This constitutive model is valid for a general mixed-

mode regime. 

 

The validity of the constitutive model is confirmed 

against single z-pin tests in quasi-isotropic 

composite laminates which are subject to mixed-

mode loading conditions. Following a general 

algorithm optimization technique, six independent 

parameters are calibrated which are intrinsic to the 

composite laminate configuration.  The model 

successfully captured the trend of apparent 

toughness of the pins against the mixed-mode 

loading angle. From a small number of discrete data 

points, a continuous bridging map was derived. 

 

Special user-defined cohesive elements were 

developed which are capable of describing both the 

resin-rich interface layer and the large-scale bridging 

mechanism of the pins. At each time increment, the 

mixed-mode displacement of the cohesive elements 

is interpolated across the continuous bridging map, 

stored as an array of facets and points, from which 

the mixed-mode bridging stresses can be obtained. 

The model is validated by comparing finite element 

predictions with mixed-mode fracture toughness 

tests under quasi-static loading conditions. Good 

agreement with experimental data was obtained, thus 

demonstrating the cohesive element’s capability of 

simulating the mixed-mode response of through-

thickness reinforced composite specimens based on 

a single set of parameters.  
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PINNED COMPOSITE LAMINATES  

 

Fig 1 Modeling strategy using an integrated 

experimental-analytical-finite element approach  

 

 

 

 

Fig 2 Schematic of cohesive element formulation 

with cohesive and z-pin interface features (all shear 

displacements are mode II, i.e. δ1= δ2) 

 

 

 

Fig 3 Apparent fracture toughness of single Z-pin 

coupons normalized for a 2% aerial density versus 

mode-mixity. Results from the calibrated model are 

shown in red. 

 

 

 

Fig 4 3D z-pin bridging map of axial force (Z) as a 

function of opening (η) and sliding (ΔU) 

displacements 
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Fig 5 Mixed-mode z-pin bridging law. The bridging 

stresses are interpolated from the “nodal” (points) 

values of the facet on which the mixed-mode 

relative displacement δm can be projected 

 

 

 

 

 

 

Fig 6 Geometry and dimension of the z-pinned DCB 

test specimen (unit: mm). 

 

 

 

Fig 7 MMB test configuration 
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PINNED COMPOSITE LAMINATES  

 

Fig 8 Simplified unit strip FE model representation 

of DCB specimen using 3 shell elements through 

thickness of each composite beam and cohesive 

elements at interface (whole model included for 

comparison). 

 

Fig 9 3D FE-model of a MMB specimen  

 

 

Fig 10 Comparison between DCB experimental and 

numerical prediction (Z-pin configuration: 2% aerial 

density and d = 0.28 mm).  

 

 

 

 

 

Fig 11 Comparison of numerical z-pin model with 

experimental data of DCB & MMB tests with 

different % mode II mixity. 
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Table 1 Mechanical properties of IM7/8552 prepreg 

 

 

 

 
Table 2 Cohesive zone model parameters used in 

this study  

GIC GIIC σImax σIImax EI EII 

(N/mm) (N/mm) (MPa) (MPa) N/mm
3
 N/mm

3
 

0.21 1.0 30 60 1e5 1e5 

 

E1 E2 E3 ν12 ν13 ν23 G12 G13 G23 

GPa GPa GPa - - - GPa GPa GPa 

161 11.38 11.38 0.3 0.3 0.45 5.17 5.17 3.92 

ICCM19 2908



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Context and objectives 
Assembly design is a crucial point for structural 
applications. Because of a good knowledge of their 
failure mechanisms, bolted and riveted structures are 
the most widespread in industry. However stress 
concentrations appear around the holes in these 
assemblies imposing to oversize the structure. In 
order to avoid this phenomenon, one way consists in 
using an adhesive bonding. That is the reason why 
methods enabling to increase the confidence in 
bonded joints must be proposed, particularly for the 
initiation of a debonding. 
 
Different classical approaches enable the study of a 
debonding initiation : (i) a stress or strain-based 
criterion [1], (ii)  the coupled criterion [2] and (iii)  
approaches based on damage mechanics. The 
assessment of the advantages and the drawbacks of 
these different approaches in order to model the 
debonding initiation in 3D structures in presence of 
non-linear phenomena underlines the interest of 
using cohesive zone models (CZM) [3-4]. However, 
in order to use a CZM for bonded joints, suitable 
parameters seem to be necessary, like the adhesive 
thickness or the adhesive properties for instance. 
 
That is why the first objective of this work relies 
essentially on the determination of the adhesive 
thickness influence on the initiation and on its 
integration into a cohesive zone model. Besides, 
influence studies on the shape of the law and on the 
mesh size have been realized in order to highlight 
their influence on the initiation of the bonded joint. 
 
Then, the second objective remains in the validation 
of the model. For that, using the results of finite 
element simulations, several initiation tests with free 
edge effects have been studied with the coupled 
criterion to highlight the relevant tests enabling to 

validate the stress criterion of the CZM which has 
been identified with tests without free edge effects. 
 

2 Influence of the adhesive thickness on the 
initiation of a bonded joint 

The control of the adhesive thickness during the 
manufacturing of the bonded assembly is difficult. 
Therefore it seems important to study the influence 
of the adhesive thickness on the initiation failure 
load, the initiation crack length and the displacement 
at initiation of a bonded joint. To investigate this 
question, firstly, the approach based on the use of a 
coupled criterion by data exploitation of elastic 
computations is presented. For that, a simplified 2D 
modeling with linear material behaviors under 
elastic assumptions has thus been realized. 
 
Because it is a relevant initiation test presenting high 
edge effects, the Thick Adherend Shear Test (TAST) 
in its modified configuration [4] has been modeled. 
But contrary to the modeling realized in [5] the 
beaks on the substrates are not modeled in order to 
keep the edge effects. The dimensions, the boundary 
conditions and the load applied are illustrated on 
Fig. 1. 
 
For this modeling, the substrates behavior and the 
adhesive behavior are considered isotropic linear 
elastic. The mechanical properties of the substrates 
and of the adhesive are respectively presented in 
Table 1 and in Table 2. 
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Fig. 1. Geometry, boundary conditions and load 

applied in the elastic computations on the modified 
TAST 

 
Young Modulus (MPa) Poisson coefficient 

80000 0.3 
Table 1. Mechanical properties of the substrates in 

Aluminum 
 
Young Modulus (MPa) Poisson coefficient 

2200 0.3 
Table 2. Mechanical properties of the adhesive 
(HuntsmanTM Araldite® 420 A/B epoxy resin) 

 
In order to compute the initiation failure load, the 
initiation crack length and the displacement at 
initiation, a crack was initiated, on the one hand at 
the top right interface between the adhesive and the 
right substrate, and, on the other hand, at the bottom 
right interface. As the results obtained in these two 
configurations showed the initiation is more suitable 
to occur at the top right location of the interface, the 
following results concern the initiation of a 
debonding at this location.  
 
The results obtained for three different adhesive 
thicknesses (0.1, 0.2 and 0.4 µm) regarding the 
evolutions of the initiation failure load, the initiation 
crack length and the displacement at initiation are 
respectively illustrated in Fig.2, Fig.3 and Fig.4. 
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Fig. 2. Initiation failure load in function of the 

adhesive thickness 
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Fig. 3. Initiation crack length in function of the 

adhesive thickness 
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Fig. 4. Displacement at initiation in function of the 
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STUDY OF BONDED JOINTS 

First, these results show that the more the adhesive 
thickness increases, the more the initiation failure 
load of the bonded joint decreases. A thick adhesive 
has thus a bad influence on the initiation failure load 
of the bonded joint but a limited influence. Then, it 
is observed that the more the joint is thick, the more 
the initiation crack length is longer. The influence of 
the adhesive thickness on the initiation crack length 
is significative. But, as it is impossible to determine 
experimentally the initiation crack length, such 
assumption has to be taken with precaution. Finally, 
the displacement at initiation increases with the 
adhesive thickness highlighting a moderate influence 
of the adhesive thickness on the displacement at 
initiation. 
 
As a conclusion, the adhesive thickness has an 
influence on the initiation. More precisely, it has a 
first order influence on the initiation crack length, a 
moderate influence on the displacement at initiation 
and a small influence on the initiation failure load. 
Therefore, in the following parts, this parameter is 
integrated into a CZM in order to evaluate the 
capabilities of this kind of model to describe the 
influence of the adhesive thickness on the debonding 
initiation. 
 

3 Towards the proposal of a cohesive zone model 
suitable for the study of bonded joints 

As a general approach here the objective is to 
propose one way to introduce the influence of the 
adhesive thickness on the initiation and to compare 
the results obtained with a CZM to the previous 
results. 
 
Our choice to use a cohesive zone model implies the 
modeling of the adhesive thickness by an interface. 
So, the equivalent geometry to the one in Fig.1 is 
illustrated in Fig.5. 
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Fig. 5. Geometry, boundary conditions and load 
applied in the cohesive zone computations on the 

modified TAST 
 
In a first part, a reminder of the general framework 
of a cohesive zone model formulation is given. 
Then, a study about the mesh size is realized in order 
to understand its influence on the description of the 
initiation. Then, the integration of the adhesive 
thickness in the softening law and its influence on 
the behavior of the bonded assembly are detailed. 
Finally, a study about the shape of the cohesive law 
is realized. 
 

3.1 General framework of a cohesive zone model 
formulation 

According to the framework proposed by Camanho 
[6], a cohesive zone model can be formulated as 
below : 
 

If [ ] 0≥nu  If [ ] 0<nu  
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(1) 

with i = 1,2 
 
where nT  (respectively 

1,tT  and 
2,tT ) is the traction 

force in mode I (resp. in mode II and in mode III), 
[ ]nu  (resp. [ ]

1,tu  and [ ]
2,tu ) is the relative 

displacement upon mode I (resp. upon mode II and 
upon mode III), K  is the initial stiffness of the 
interface (identical whatever the mode mixity (i.e. a 
combination of the fracture modes)) and Cα  a 
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penalization parameter. ( )λf  is the function 

representing the damage effect and λ  is the damage 
variable linked to the damage kinetic varying from 0 
(unbroken state) to 1 (broken state). The interface 
law can take different shapes. Most of them have in 
common the interlaminar stress cσ  and the fracture 

toughness cG . In our study, we chose to use a bi-

linear law, a trapezoidal law and a tri-linear law. All 
of these laws propose an interfacial stiffness K . 
 

3.2 Influence of the mesh size 

The study about the mesh size convergence has been 
realized for mesh sizes of a mean value of 1 µm, 4 
µm, 8 µm, 132 µm and 1 mm all along the overlap 
length between the substrates. The computation time 
with a mesh size of 1 µm exceeds the computation 
time with a mesh size of 1 mm of about 4.3 %. 
 
The results obtained with the trapezoidal, bi-linear 
and tri-linear laws for an initial stiffness fixed at K = 
22000 N.mm-3 are respectively represented on Fig.6, 
Fig.7 and Fig.8. 
 
On the one hand, with the trapezoidal law, there 
exists a good convergence between the results 
obtained with average mesh sizes of 1 µm, 4 µm and 
8 µm, which is in agreement with the 
recommendation to have a refined mesh with CZM 
[7]. Similarly, with the bi-linear and tri-linear laws, 
the same result is observed even if, for a mesh size 
of 8 µm, there is a solution jump. On the other hand, 
the results obtained with mesh sizes of 132 µm and 1 
mm do not describe sufficiently well the initiation 
and with these mesh sizes, we can observe many 
solution jumps. So, the more appropriate mesh size 
to have the lowest computation costs is a mesh size 
of 8 µm. 
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Fig. 6. Influence of the cohesive mesh size on the 
load/displacement curve with the trapezoidal law 
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Fig. 7. Influence of the cohesive mesh size on the 

load/displacement curve with the bi-linear law 
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Fig. 8. Influence of the cohesive mesh size on the 

load/displacement curve with the tri-linear law 
 
Having analyzed the influence of the mesh size on 
the behavior, we can study the influence of the shape 
of the interface law on the behavior and the initiation 
too. 
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3.3 Influence of the shape of the interface law 

If for a stable and rectilinear propagation the 
influence of the shape of the interface law is 
negligible [8], it is still an open question for 
initiation. In order to answer to this question, the 
analysis of the evolution of the load in function of 
the applied displacement has been realized for three 
different values of stiffness with the same three 
interface laws than previously. The computations 
run with the trapezoidal law for an initial stiffness 
fixed at K = 22000 N.mm-3 and fixed at K = 11000 
N.mm-3 did not guarantee the convergence while the 
computation with K = 5500 N.mm-3 did. So the 
macroscopic responses obtained with the three laws 
for K = 5500 N.mm-3 are illustrated in Fig. 9. 
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Fig. 9. Influence of the shape of the interface law on 

the load/displacement curve 
 
Firstly, we aimed to understand the difference of 
behaviors obtained between the three laws. For that, 
we studied the evolution of the damage variable λ  
on each Gauss point all along the interface for the 
three laws for different displacements. The evolution 
of the process zone was observed at four particular 
displacements which have been located on the 
load/displacement curve in Fig. 10. 
 
At 

max
d , almost simultaneously, the load attains a 

maximum value for the three laws. The other 
displacements considered correspond to the 
displacements at failure for the three laws, i.e. the 
displacement at failure for the trapezoidal law 

trapezd , for the bi-linear law bid  and for the tri-

linear law trid . 

 
The process zone evolutions are illustrated for the 

three laws at the displacement maxd  (Fig.11) and at 

the displacements at failure trapez
d

 (Fig.12), bid  

(Fig.13), trid  (Fig.14). 
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Fig. 10. Location of the displacements considered on 

the load/displacement curve 
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Fig. 11. Evolution of the process zone at 
07.0

max
=d  

 
Before failure, at

max
d , the process zone of the 

trapezoidal law is less damaged than the ones of the 
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bi-linear and tri-linear laws. This observation could 
explain that the interface supports better the load 
with the trapezoidal law than with the other laws. 
That is why, at 

max
d , the load is higher with the 

trapezoidal law than with the other ones. 
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λ

y (mm)

max
λ

 
Fig. 12. Evolution of the process zone at 

15.0=trapezd  
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Fig. 13. Evolution of the process zone at 20.0=bid  
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Fig. 14. Evolution of the process zone at 21.0=trid  

 
In order to enrich our understanding of the 
difference observed in behaviors, we wanted to 
know whether it may exist a kind of continuity in the 
behaviors obtained between the three laws. 
According to us, the bi-linear law present a shape 
that we can assimilate to the shape of a trapezoidal 
law for which the length of the plateau (controlled 
by the parameter δα  in the trapezoidal cohesive 

law) would be null (i.e. with 0=δα ) (Fig.15). So 

in order to understand why with the trapezoidal law 
the behavior is so far from the behaviors with the 
two other laws, we performed more computations 
with the trapezoidal law but with a modification of 
the length of the plateau when the traction force 
attains cσ  as illustrated in Fig.16. The two 

additional computations were performed with the 
trapezoidal law with 5.0=δα  and 2.0=δα  

instead of the default value 9.0=δα  in the 

previous simulation with the trapezoidal law. The 
macroscopic responses obtained with the trapezoidal 
law with 5.0=δα  and 2.0=δα  are compared to 

the previous macroscopic responses obtained with 
the bi-linear and tri-linear laws and with the 
trapezoidal law with 9.0=δα  in Fig.17. 
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Fig. 15. Representation of the bi-linear and 
trapezoidal laws 
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Fig. 16. Three trapezoidal laws used with different 
lengths of plateau when the cohesive force is cσ  

 
As we can see in Fig.17, the length of the plateau 
strongly influences the macroscopic answer. This 
parameter has to be included in a CZM to study the 
initiation of the debonding in a bonded assembly. 
Moreover, when the length of the plateau with a 
trapezoidal law decreases, the behavior becomes 
closer to the behavior obtained with a bi-linear law. 
Therefore, there exists a kind of continuity of the 
behavior between the three laws although it does not 
seem obvious at first sight. 
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Fig. 17. Relation between the different shapes of the 

interface laws on the behavior 

Secondly, we aimed to understand why the 
displacement at failure is different from one law to 
another. For that, we looked at the previous 
evolutions of the process zone (Fig.11 to Fig.14). 
We noticed therefore that the entire interface is 
damaged and that the failure occurs always when 

1=λ  for the same Gauss points (the points at both 
extremities of the interface) for the three laws. 
Therefore, it seems us that the differences regarding 
the displacements at failure with the different laws 
can be explained by the existence of different values 
of the relative displacement when the interface is 

broken ( fδ
) for each law. Indeed, as illustrated in 

Fig. 18, with the same cohesive parameters (i.e. the 
toughness cG  and the interfacial strength cσ ), we 
can notice that locally, for both Gauss points at the 
extremities of the geometry which have been 

considered, trilinearbilinear ffltrapezoidaf δδδ <<
. That is 

why the displacement at failure is different from one 
law to another and that in an ascending order, the 
displacement at failure is attained first with the 
trapezoidal law, then with the bi-linear law and 
finally with the tri-linear law. 
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Fig. 18. Representation of the critical relative 

displacements when the interface is broken for the 
three cohesive laws for a given (cσ , cG ) couple 

 
Thirdly, we aimed to understand the influence of the 
law shape on the initiation failure load. But we 
observe that the initiation failure load, defined to be 

the load for which 1=λ  for the first time, is null 
whatever the law. So the initiation failure load may 
rather correspond to the maximum load the interface 
can bear before failure. To verify this hypothesis it is 
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necessary to determine the energy dissipated locally 
by each law at the moment where the maximum load 
is reached. If the maximum energy has been spent at 
that state, the maximum load could be considered as 
the initiation failure load and consequently the trend 
observed with elastic computations could be verified 
here. But if the energy spent is insufficient, the trend 
observed with elastic computations could not be 
verified here. However, the modified TAST having a 
mode mixity which is evolving during the load, it is 
not an easy task to determine this energy. Thus, it is 
not possible to conclude about the fact that the 
initiation failure load corresponds to the maximum 
load. Nevertheless, the maximum load is different 
from one law to another and it can be explained. 
Indeed, the maximum loads are about: 

� 12470 N for the trapezoidal law 
� 12000 N for the bi-linear law 
� 11833 N for the tri-linear law 

So the initiation failure load is the highest with the 
trapezoidal law. The process zone being less 
damaged for the trapezoidal law than for the other 
laws and the displacement at failure being the 
lowest, it can explain a high initiation failure load 
with the trapezoidal law. The failure load with the 
bi-linear law is lower than with the trapezoidal law 
but higher than with the tri-linear law because the 
evolution of the damage in the process zone and the 
displacement at failure are intermediate compared to 
the results with the other laws. Finally, because of 
the most damaged interface and the highest 
displacement at initiation, the tri-linear law is the 
one having the lowest maximum load. 
 
To conclude, it is now obvious that the shape of the 
law in the cohesive zone model seems to play at 
major order on the modeling of the initiation of a 
debonding. In fact, the behavior, the displacement at 
failure and the maximum load depend on the shape 
of the model used. 
Firstly, the behavior is totally different from one law 
to another. In fact, the length of the plateau in the 
trapezoidal law strongly influences the macroscopic 
answer and that is why this parameter has to be 
included in a CZM to study the initiation of the 
debonding in a bonded assembly. Moreover, there 
exists a continuity of the behavior between the three 
different laws, the bi-linear law being considered as 
a trapezoidal law without plateau (with 0=δα ). 

Secondly, in an ascending order, the displacement at 
failure is attained first with the trapezoidal law, then 
with the bi-linear law and finally with the tri-linear 
law. The reason explaining this observation relies on 
the results about the critical relative displacement 
when the interface is broken. 
Finally, the maximum load is different from one law 
to another because of the damage state in the process 
zone and the displacement at failure for each law. 
 

3.4 Influence of the stiffness on the initiation 

From the CZM formulation (1), it is possible to 
make appear the adhesive thickness (here in 
mode I) : 

[ ] [ ]
e

u
KeuKT n

nn ==
 

(2) 

Besides, with the Hooke’s law, we can link the 
traction force in mode I nT  to the deformation ε  
through the Young's modulus E  : 

[ ]
e

u
EET n

n == ε
 

(3) 

So, by combining (2) and (3) : 

e

E
K =

 

(4) 

with E  the Young modulus of the adhesive and e  
its thickness. Therefore, for a given adhesive, by 
varying K , theoretically, we make vary the adhesive 
thickness. 
 
In order to highlight the influence of the stiffness K  
on the initiation failure load, computations with 
several values of the initial stiffness of the CZM 
have been realized on the modified TAST presented 
above (Fig.5)  
 
The mechanical properties of the substrates remain 
the same than previously (Table 1). The interface 
properties are summarized in Table 3. 
 
Strength in 

mode I 
(MPa) 

Strength in 
mode II 
(MPa) 

Toughness 
in mode I 

(J/m²) 

Toughness 
in mode II 

(J/m²) 
35 50 2800 5000 

Table 3. Interface properties 
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The influence of the initial stiffness K  on the 
initiation has been studied for three values. Each 
stiffness is representative of a physical adhesive 
thickness, the Young modulus E  of the adhesive 
being supposed equal to 2200 MPa (Table 2). The 
Table 4 put face to face the values of the stiffnesses 
studied and their corresponding physical adhesive 
thicknesses aimed to be studied. 
 

Stiffness  
(N.mm-3) 

Adhesive thickness 
(mm) 

22000 0.1 
11000 0.2 
5500 0.4 

Table 4. Corresponding physical adhesive 
thicknesses to the cohesive stiffnesses 

 
The macroscopic responses obtained by varying the 
stiffness K  are illustrated respectively with the 
trapezoidal law, the bi-linear law and the tri-linear 
law in Fig. 19, Fig. 20 and Fig. 21. 
 
Whatever the law used, there exists an influence of 
the cohesive stiffness on the behavior because the 
macroscopic stiffness increases as the cohesive 
stiffness increases while the load increases until 
attaining a maximum load. Nevertheless, the 
influence of the cohesive stiffness on the initiation 
failure load is not verified as evidenced in 3.3 but is 
on the maximum load. So, the trend observed with 
elastic computations and the use of the coupled 
criterion is not easy to integrate in cohesive zone 
models only by varying the cohesive stiffness. 
 
Moreover, it can be noticed that the macroscopic 
response obtained with each law is very similar to 
the cohesive law shape. This observation can be 
explained by the fact that the entire interface is 
damaged, thus the process zone is much extended. 
Nevertheless, as the macroscopic response is not 
absolutely identical to the local law shape, there 
exists a contribution of the substrates behavior on 
the macroscopic response. Besides, the damage 
being different all along the interface during the 
loading, it can explain that the macroscopic response 
is not totally identical to the cohesive law shape 
(evidenced in Fig. 11 to Fig. 14). 
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Fig. 19. Influence of the cohesive stiffness K on the 
load/displacement curve with the trapezoidal law 
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Fig. 20. Influence of the cohesive stiffness K on the 

load/displacement curve with the bi-linear law 
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Fig. 21. Influence of the cohesive stiffness K on the 

load/displacement curve with the tri-linear law 
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Having analyzed the influence of the stiffness on the 
behavior with different interface laws, a comparison 
between the results obtained with elastic 
computations by using the coupled criterion and the 
results obtained with the CZM is realized.  
 

4 Comparison between the results obtained with 
elastic computations by using the coupled 
criterion and the results obtained with the CZM 

As we obtained results with two approaches based 
on the same criteria to predict the initiation, the aim 
is here to compare them to conclude on the 
relevance and the accuracy of the CZM proposed to 
be suitable to the study of bonded joints by taking 
into account the influence of the adhesive thickness 
on the initiation. 
 
In order to simulate the same test than the one 
illustrated in Fig.1, it has been necessary in the CZM 
to impose stronger cohesive properties to imply an 
initiation at the top right of the interface. 
 
As the modified TAST is a test in mode II, the 
cohesive stiffness corresponds rather to : 

e

G
K =  

(5) 

with e  the adhesive thickness and G  the shear 
modulus of the adhesive given by : 

( )ν+
=

12

E
G  

(6) 

where ν  is the Poisson coefficient of the adhesive 
and 2200=E  MPa is the longitudinal Young's 
modulus of the adhesive. 
 
Using a CZM with no thickness is not the same than 
using a volumic model with a high number of 
elements in the adhesive thickness. So a 
readjustment of the stiffness of the macroscopic 
response obtained with cohesive zone computations 
(CZC) on the one obtained with elastic computations 
(EC) has been realized. In that purpose the 
readjusted initial cohesive stiffness 836=G  MPa 
was used. The results obtained with the two 
approaches are compared for three adhesive 

thicknesses 0.1 mm, 0.2 mm and 0.4 mm 
respectively in Fig.22, Fig.23 and Fig.24. 
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Fig. 22. Comparison for e = 0,1 mm / K = 8360 
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Fig. 23. Comparison for e = 0,2 mm / K = 4180 
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Fig. 24. Comparison for e = 0,4 mm / K = 2090 
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The two approaches present a different displacement 
at initiation. Maybe, in the cohesive model, the 
major part of its energy has been dissipated at the 
displacement at initiation determined with the EC 
and the CC. To verify this hypothesis, it is necessary 
to compute the energy spent locally with both bi-
linear and trapezoidal laws. It is easy to compute it 
here because by having imposed stronger cohesive 
properties on one side, this test becomes a pure-
mode II test. So the computation of the energy for 
each law informs us that, with the trapezoidal law, 
all the energy has been spent (5000 J/m²) when the 
displacement at initiation is attained with the EC. 
Besides, with the trapezoidal law, as more energy 
was spent before attaining its displacement at 
initiation, a solution jump occurred. But, with the bi-
linear law, 92 % have been spent at the same state. 
For the tri-linear law, as the stronger interface failed 
since the beginning, this law won't be compared to 
the elastic approach. So it seems that the 
displacement at initiation for the trapezoidal law is 
sufficiently close to the one obtained with EC and 
the CC. 
 
Moreover, the two approaches present different 
initiation failure loads for each adhesive thickness. 
Indeed, the initiation failure loads are higher with 
the EC than the ones obtained with CZM for both 
cohesive laws. 
 
Finally, the stiffness of the macroscopic response 
obtained with the CZC seem to be in a good 
agreement with the stiffness of the one obtained with 
the volumic model for a given adhesive thickness / 
cohesive stiffness couple. 
 

5 Conclusions and perspectives  

In order to predict the initiation of a debonding in a 
3D structure and in presence of non-linear behaviors, 
the choice to use a cohesive zone model imposed 
itself. In order to adapt a cohesive model to the study 
of initiation in a bonded joint, the integration of the 
adhesive properties influence seemed necessary. 
Among the properties of an adhesive, its thickness is 
a parameter that plays a role at major order on the 
initiation. That is why we looked forward to 
integrate its influence in the cohesive zone model. 
 

For that, it was first necessary to highlight the 
influence of the adhesive thickness on the initiation 
failure load. This was realized with the coupled 
criterion composed of the same ingredients than the 
CZM. Finally, this study demonstrated that varying 
the adhesive thickness has a greater effect on the 
displacement at initiation than on the initiation 
failure load. 
 
Then, with CZM, a mesh size convergence 
highlighted the importance of a very refined mesh to 
catch the initiation. We will in particular underline 
here the necessity to use mesh sizes of the 
micrometer order for the initiation description while 
mesh sizes of the millimeter order were enough 
satisfying for the propagation description. 
 
Besides, we saw that the law shape had a major 
order influence on the behavior of the interface but 
on the initiation failure load and on the displacement 
at failure too. Therefore, it seems necessary to define 
which law is the more relevant to describe the 
initiation of a debonding in a bonded assembly. For 
that, initiation tests controlled by the stress criterion 
and not by the energy one are currently under 
realization in order to make an inverse identification. 
Moreover, these tests will enable to validate the 
model. 
 
Finally, we integrated the influence of the adhesive 
thickness through the use of the cohesive stiffness. 
Thus, the influence of the cohesive stiffness on the 
behavior has been shown. But, the initiation failure 
load remains the same whatever the cohesive 
stiffness. However, the displacement at initiation 
obtained with the trapezoidal law is close to the one 
obtained with EC. By comparing the volumic model 
and the CZM, a readjustment has been proposed to 
make the stiffness of the macroscopic responses 
match together. This modification seems satisfying 
to describe the influence of the adhesive thickness 
on the stiffness. Further work has to be done to 
obtain a good agreement between the two 
approaches on the initiation failure load and on the 
displacement at initiation, maybe by integrating 
more adhesive properties. 
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1 General Introduction  

Presently, the aerospace industry is looking into 

textile reinforcement for use in primary structural 

composites. This is mainly due to their relatively 

low price and improved hand ability and 

manufacturability. Moreover, due to their relatively 

high strength, thermal and electrical insulating 

properties, and fire resistance of some of the man-

made fibres, today’s commercial aircraft industry 

uses textile composites in the design and 

manufacture of many components in both interior 

panelling systems and secondary structures as well 

as in engine. As such, the development and use of 

textile fibre reinforced polymer composites for 

lightweight structures has become more and more 

important. Although all fibre reinforcement is 

produced as continuous fibre yarns, this is often not 

the form in which it is finally used in high 

performance applications. Common textile 

composites classified according to the fibre 

architecture include braided, woven, knitted, stitch, 

bonded and non-woven [1].  

Manufacturing of composite components usually 

includes several steps, i.e. cutting the reinforcement, 

draping, impregnation of the dry deformable 

preform and curing. Draping of dry reinforcement 

plays a key role in terms of the subsequent 

composite manufacturing and the performance of the 

final product. During draping, a preform can be 

subjected to bending, shearing (including out-of-

plane components) and compacting, or to 

combination of such loadings. In process simulation 

of a composite material, it is therefore essential to 

characterise the mechanical properties of the 

reinforcement itself [2]. The material data for the 

reinforcement may be then employed in subsequent 

composite manufacturing simulations. The 

understanding of mechanical properties of 

composites preforms is therefore important for 

composite manufacturing, and a fair amount of work 

has gone into analysing these properties [3]. 

However, previous work on this topic has been 

limited to simple deformation modes and a 

restrictive choice of in-plane deformation 

mechanism. Another obstacle were the experimental 

methods incapable of characterising other than 

simple in-plane deformation modes. We are 

therefore presently lacking generic knowledge for 

the out-of-plane constitutive behaviour, and in 

particular for combined loading situations. 

Measurement of the true stress-strain response of a 

material generally requires that a uniform state of 

stress and strain is realized in a gauge volume. 

While this can be done fairly easily with simple 

tension, all other states of stress and strain are 

considerably more difficult to obtain uniformly. In 

particular, many of the out-of-plane techniques in 

use are based on fixing the material between two 

parallel plates and either pushing the plates together 

or sliding them sideways at a constant plate 

separation. For example the compressive response of 

fiber networks and other porous solids has been 

studied extensively by simple compression between 

plates, and the nonlinear viscoelasticity of liquids is 

studied by sliding plate rheometry. 

The basic parallel-plate concept has, however, one 

important disadvantage, the strain field near the free 

boundary is nonuniform in general, such that the 

measured stress is reduced compared to the infinite-

sample limit. Also, the sample edge is often not 

representative of the bulk material, either due to 

surface flaws or due to the disruption of a large-scale 

microstructure [4,5]. These effects may be reduced 

by reducing free boundaries, e.g., by increasing the 

ratio of lateral dimensions to the height of the 

sample in a parallel plate geometry. On the other 

hand, a small plate separation combined with large 

plates may not always be possible for a given 

material and, moreover, demands precise 

parallelism, which may be difficult to attain. To 
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avoid these problems, the present work embraces a 

newly developed experimental equipment, 

consisting of a tri-axial rheometer for out-of-plane 

combined shear and compression testing. 

This chief purpose of this work concerns 

characterisation of the constitutive inelastic 

frictional response of composites preforms when 

subjected to combinations of large out-of-plane 

deformations. The aim is to generate a generic 

understanding and a database for future constitutive 

model development. In consequence, both the 

internal and external responses developed within the 

preform and between a metallic tool and carbon 

fibre textile preforms when subjected to 

compression and out of plane shear is studied. 

2 Experimental 

2.1 Material  

 

 

Fig. 1. Quasi-UD reinforcement. 

 

In the following study, a quasi-UD HexForce
®
 

G1157 D 1300 E01 2F, consisting of HTA 5131 6K 

unidirectional carbon fibres in warp direction, and 

EC9 34Z40 1383 glass fibres in weft direction has 

been used [6]. For the experiment, the material has 

been cut into quadratic pieces with the dimensions 

of 100x100 mm. The reinforcing textile is presented 

in Fig. 1. For one experiment, six layers of the 

reinforcement have been used.  

2.2 Tri-axial rheometer   

In a parallel plate geometry it is impossible to 

achieve a uniform state throughout the sample, due 

to the inevitable free edges. However, under fairly 

general conditions there is an interior region away 

from edges, in which the state is approximately 

uniform.   

 

 
 

 
 

Fig. 2. Schematic of sample deformation (the arrows 

indicate the relative motion of the plates): a) the 

resulting stress distribution σzz(x) in compression,  

b) the resulting stress distribution σxz(x) in shear. 

As a start, consider the strain component due to 

compression in the x-direction, ux,x, depends on the 

spatial coordinates x and z, Fig. 2 a. Hence, the 

compressive stress, zz(x), will not be constant since 

it is related to ux,x through Hooke’s law. However, as 

the strain ux,x asymptotically approaches zero away 

from the edge, the stress will be nearly uniform in 

the interior of the pad. The compressive stress in the 
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pad was found to increase exponentially from the 

free edge inwards, to an asymptotic value 
zz  far 

away from the edge: 




























 1
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where h is the thickness. Roughly, the equation (1) 

states that a uniform state of uniaxial compression, 

with a negligible error in the stress (here within 

some 2%), is obtained in the region x  h. 

 

 
 

 
 

Fig. 3. Tri-axial rheometer with a close up of the 

transducer head. 

In shear, with a uniform relative tangential 

displacement on the upper and lower boundaries, the 

stress field will differ from pure shear as the free 

edges must be shear stress-free, resulting in a 

displacement field as illustrated in Fig. 2b. It can be 

shown that for a state of pure shear, in a semi-

infinite pad, the upper bound for the shear stress 

decays exponentially with the distance x from the 

free boundary as: 
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.    (2) 

Again the conclusion from equation (2) is that a 

uniform state is obtained for x  h, (the error is 

within 10-11 % at x = h). 

In summary, the analysis of free edge effects 

suggests that a uniform state of stress and strain can 

be obtained in an inner region, beyond a sufficient 

distance from any free edges, a distance of roughly 

the sample thickness (Fig. 2). 

The tri-axial rheometer instrument itself consists of a 

frame, a ball screw driven x,y-table, and a specially 

designed tri-axial stress transducer head (see Fig. 3). 

The sample is fixed between the transducer head and 

the x,y-table, acting as the upper and the lower plate, 

respectively. The relative position between the upper 

and lower plate and the x- and y-directions are 

measured discretely by on-board linear scales with a 

resolution of 0.1 m. The resolution of the stress 

transducer is about 10 Pa in compression and 1 Pa in 

shear. The development of the key component of the 

apparatus, the transducer head, is described in detail 

in [7] and is depicted in Fig. 2. The transducer head 

consists of two concentric transducer plates, a and b, 

attached to a base plate via the tri-axial load cells. 

The chief purpose of this arrangement is to absorb 

the free edge effect at transducer b and thus measure 

the true material stress response at transducer a. 

Fig. 2 illustrates the stress distribution in 

compression and shear. In consequence, if the 

sample is sufficiently thin, the stress distribution 

underneath transducer a will be uniform and the 

measurement will represent the true stress response 

of the material. 

2.3 Contact friction  

In the friction measurement, six layers of carbon 

fibre textile reinforcement with a total thickness of 

ca 3 mm are placed between the transducer head and 

the xy-moving metallic plate. The out-of-plane 

compression (z-direction) of 100, 250 and 500 N is 

applied at the speed of 1 mm/min, followed by shear 

in x and y plane directions, introduced to the bottom 

plate at two different speeds, 0.1 mm/min and 1 

mm/min. Each sample is tested according to the 

following procedure; the sample is compressed to 

the prescribed z-force, then four shear cycles are 

applied (in x- and y-directions). The contact friction 
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between the sample and the metallic plate is then 

measured for four different samples.  

2.4 Cyclic compression 

 

 
 

Fig. 4. Velocity profile for a cyclic compression 

measurement.  

During the cyclic compression, 20 layers of carbon 

fibre textile reinforcement with a total thickness of 

ca 8.5 mm are placed between the transducer head 

and the xy-moving metallic plate. The out-of-plane 

compression (z-direction) of 500 N is applied to the 

sample at the speed of 1 mm/min. The experiment is 

performed according to the following procedure; the 

sample is compressed to the prescribed z-force, 

followed by unloading to 0 N. The procedure is 

repeated five times. The cyclic compression is then 

measured for five different samples. 

2.5 Cyclic shear 

During the cyclic shear experiment, 20 layers of 

carbon fibre textile reinforcement with a total 

thickness of ca 8.5 mm are placed between the 

transducer head and the xy-moving metallic plate. 

The out-of-plane compression (z-direction) of ca 

200 N is applied to the sample at the speed of 1 

mm/min, followed by shear in x and y in-plane 

directions, introduced to the bottom plate at the 

speed of 1 mm/min. The experiment is performed 

according to the following procedure; the sample is 

compressed to the prescribed z-force, then five shear 

cycles are applied in x or y-directions. Four test in 

total are conducted, two in fibre direction (y-

direction) and two transverse fibre direction 

(x-direction). 

 

2.6 Shear modulus dependency on fibre volume 

fraction 

In the shear modulus dependency on fibre volume 

fraction is characterised using 20 layers of carbon 

fibre textile reinforcement with a total thickness of 

ca 8.5 mm. The stack is placed between the 

transducer head and the xy-moving metallic plate. 

The out-of-plane compression (z-direction) of 100, 

300 or 600 N is applied to the sample at the speed of 

1 mm/min, followed by shear in x and y in-plane 

directions, introduced to the bottom plate at the 

speed of 1 mm/min. The shear modulus is measured 

for four different samples; two in x-direction and 

two in y-direction. 

2.7 Relaxation experiments 

During the relaxation test, 20 layers of carbon fibre 

textile reinforcement with a total thickness of ca 8.5 

mm are placed between the transducer head and the 

xy-moving metallic plate. The sample is subjected to 

initial load (in z-direction) of 100, 300, 600 or 900 N 

followed by a relaxation for 10 minutes at constant 

deformation. During the relaxation the force 

decreases with time. One relaxation experiment is 

performed for each load level. 

3 Results  

3.1 Contact friction 

 
Fig. 5. Results from the contact friction 

measurement at Z=100, 250 and 500 N for one 

specimen.  

The representative curves from the contact friction 

measurements are presented in Fig. 5. It is observed 

that the friction values for most of the experiments is 

about 0.5, and is independent of pre-stress. The 

averaged results from the four shear cycles applied 
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in x- and y-in-plane directions for z= 100, 250 and 

500 N are summarised in Table 1. 

Table 1. Average friction results.  

Sample 

No. 

Friction x 

(-) 

Friction y 

(-) 

Z (N) 100  250  500  100  250  500  

1 0.49 0.51 0.49 - 0.52 0.49 

2 0.52 0.49 0.44 0.55 0.45 0.40 

3 0.44 0.52 0.50 0.50 0.52 0.46 

4 0.54 0.47 0.44 0.51 0.43 0.39 

a) 

 

b) 

 

Fig. 6. Experimental results from cyclic 

compression: stress vs. fibre volume fraction a) 

result from one experiment, b) combined results log-

log plot.  

 

3.2 Cyclic compression  

Experimental results on cyclic compression are 

presented in Figure 6. It is observed that after the 

first compression cycle, the hysteresis decreases in 

relation to both time and displacement. This may 

indicates a fibre rearrangement and collapse of the 

fibrous network in the first cycle into a stable 

configuration. In order to summarise the 

experimental data, the results has been fitted to the 

so called van Wyk equation 

           
 
       (3) 

where   is the normal out-of-plane stress,      is a 

constitutive front factor,    is the fibre volume 

fraction,  0 is the fibre volume fraction is unloaded 

configuration and   is an exponent. The results are 

summarised in Table 2, fitting is performed 

separately for the first and the subsequent cycles. 

The fibre volume fraction in unloaded configuration 

is found to be  0 = 0.4. An interesting observation is 

the increase of exponent from  12 to 17, which 

indicates increased parallelism in the fibre network 

[8]. 

Table 2. Summary of the compressive response.  

Parameter First cycle Subsequent cycles 

kvol [Pa] 109 108 

  12 17 
 

3.3 Cyclic shear   

Experimental results on cyclic shear are presented in 

Figure 7 for x-direction (perpendicular fibre 

direction) and in Figure 8 for y-direction (parallel 

fibre direction). It is observed that the response in x-

direction (transverse fibres) is significantly different 

than the response in y-direction. In particular, the 

response transverse fibres is less dissipative, while 

the response parallel fibres exhibits nearly elastic 

ideal-plastic behaviour. This may be addressed by 

the fact that the fibres entangle more easily in 

transverse direction, while they slide along the fibre 

direction. Also, the elastic response along fibre 

direction is stiffer in the elastic regime then the 

response transverse fibres. The opposite is true in the 

plastic regime, where the transverse network is 

capable of build up plastic (frictional) stresses. It is 

also evident that the response in y-direction 
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dissipates more energy than in x-direction. One 

again, this may indicate a more developed plastic 

(frictional) effects parallel the fibres. Finally, all the 

cycles dissipates similar amount of energy 

independent of direction the is little or no 

degradation of the elastic response meaning that the 

fibre network is able to rebuild and rearrange on 

shear.  

 

 

Fig. 7. Experimental results from cyclic shear 

measurements in x-direction: a) force vs. time, b) 

stress vs. strain. 

 

Fig. 8. Experimental results from cyclic shear 

measurements in y-direction: a) force vs. time, b) 

stress vs. strain. 

 

3.4 Shear modulus  

The experimental results from shear modulus 

characterisation are presented in Figure 9 for x-

direction and in Figure 10 for y-direction. The 

resulting data is for different volume fraction fibres. 

It is observed that the shear response is increasing 

for increasing volume fraction. It is evident from the 

results that the stress response due to applied shear 

strain is increasing (stiffening) at higher volume 

fractions. It appear that the behaviour, in 

concordance with the compressive behaviour, 

follows the power law. Moreover, it is observed that 

the response in x-direction (transverse the fibres) is 

significantly stiffer than the response in y-direction. 

It is also evident that the response in y-direction 

dissipates more energy than in x-direction. Once 

again, this may indicates a more developed plastic 

(frictional) effects parallel the fibres. We believe 

that it is caused by the fibres sliding along each 

other in fibre direction and entangle perpendicular 

the fibre direction.  

 
Fig. 9. Experimental results from shear modulus 

characterisation in x-direction: stress vs. strain. 

given at volume fraction 0.468, 0.538 and 0.625. 

In order to summarise the experimental data, we 

have chose to relate the elastic response against the 

fibre volume fraction. In summary, the average 

tangential modulus in the elastic region (        ) 

is presented as a function of  , the fibre volume 

fraction. Since, the elastic stiffness in the first cycle 

was significantly different from the subsequent 

cycles we present these results separately. Here Gr is 

the "relaxed" stiffness in from the first cycle and Gd 

is the "dynamic" stiffness taken as an average from 

the subsequent cycles. The results are presented in 

Table 3 and 4, where   is the fibre volume fraction, 

Gr is the relaxed modulus, Gd is the dynamic 

modulus, εp is the strain at elastic limit.  
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b) 

Fig. 10. Experimental results from shear modulus 

characterisation in y-direction: stress vs. strain. 

given at volume fraction 0.468, 0.538 and 0.625. 

 

Table 3. The shear response in X-direction.  

  Gr [Pa] Gd [Pa] p 

0.468 1. 45 105 2.175 105 0.045 

0.538 4.8 105 7.81 105 0.08 

0.625 1.315 106 2.42 106 0.15 

 

Table 4. The shear response in Y-direction.  

  Gr [Pa] Gd [Pa] p 

0.468 2.125 105 3.564 105 0.02 

0.538 5.816 105 2.077 106 0.025 

0.625 1.837 106 4.62 106 0.05 

 

Since it is expected [8] that the shear behaviour will 

also follow the van Wyk power law type of 

response, the data in Tables 3 and 4 has been fitted 

to the following equation 

                (4) 

and the results presented in Table 5 and Figure 11.  

 

Table 5. Summary of the compressive response.  

Parameter X direction Y direction 

kiso [Pa] 1.25 108 5.6 108 

  8.32 9.5 

 

Fig. 11. The shear stiffness as a function of fibre 

volume fraction. 

 

3.5 Relaxation  

The representative curves from the relaxation 

experiments are presented in Fig. 12-14. It is 

observed that all the specimens, independent of the 

initial load, dissipate similar amount of stress; 

approximately 40%. This indicates a viscoelastic 

material behaviour as well as plastic (frictional and 

in particular lubricated contact) effects. At the 

present state of research, we believe that it is caused 

by the sizing applied onto the fibres. 

 

 

Fig. 12. Relaxation results presented as force vs. 

time. 
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Fig. 13. Relaxation results presented stress vs. strain. 

 

 

Fig. 14. Relaxation results presented stress vs. strain. 

4 Concluding remarks  

The experimental results clearly indicate 

development of intrinsic frictional as well as 

lubricated contact within the fibrous preforms. As a 

main result, this study shown that the out-of-plane 

shear response follows the van Wyk power law type 

of behaviour. In addition, we were able to conclude 

that a typical aeronautic grade preform is 

viscoelastic. At the present state of research, we 

believe that it is caused by the sizing applied onto 

the fibres. In consequence, additional testing to 

remove this effect are being performed. Also, we 

were able to conclude that the preform is stiffer in 

transverse direction than along fibres in shear. 

Another interesting result is the fact that the preform 

is nearly elastic ideal plastic along fibres and 

elastoplastic transverse the fibres. This may be 

contributed to the fact that the fibre network form 

more easily transverse the fibre direction. In 

comparison, along the fibres the response is almost 

elastic ideal plastic. This indicate that the internal 

friction develops there due to fibres sliding over one 

other.  

5 Acknowledgments   

We are grateful for the financial support contributed 

by the Swedish Research Council for Engineering 

Sciences (under the Grant 621-2008-5943), 

VINNOVA (under the Grant 2010-01223) and 

European Commission (under the Grant 233926). 

 

References 

[1] Horrocks AR, Anand SC. Handbook of technical 

textiles. Woodhead Publishing Limited, ISBN 1 

85573 385 4 

[2] Wysocki M. Continuum Modelling of 

Composites Consolidation. PhD Thesis, 

Department of Applied Mechanics, Chalmers 

University of Technology, Sweden (2006) 

[3] Chan CK, Jiang XY, Liew KL, Chan LK, Wong 

WK, Lau MP. Evaluation of mechanical 

properties of uniform fabrics in garment 

manufacturing. Journal of Materials Processing 

Technology, 174:183-189 (2006) 

[4] Macosko, C. W., "Rheology Principles, 

Measurements, and Applications," 1st ed., VCH 

Publishers, Inc., New York, 1994. 

[5] Powell, R. L., "Rheological Measurements," 2nd 

ed., Chapman and Hall, Lon-don, 1998. 

[6] HexForce® G1157 D 1300 E01 2F, Quasi-UD 

Fabric. Technical datasheet, Hexcel
®
, (2010). 

[7] Alkhagen M. Toll S. A triaxial rheometer for 

soft compressible solids, Journal of Rheology 

Vol. 46(1), pp 31-47, 2002. 

[8] Toll S. "Packing Mechanics of Fiber 

Reinforcements", Polymer eng. and sci., Vol. 38, 

No. 8, 1998 

 

0.4 0.45 0.5 0.55 0.6 0.65 0.7 0.75
-0.5

0

0.5

1

1.5

2

2.5

3

3.5
x 10

5 Stress in Z vs. Fibre volume fraction


z
  
[P

a
]

  [--]

10
-0.3

10
-0.2

10
0

10
1

10
2

10
3

10
4

10
5

10
6

Stress in Z vs. Fibre volume fraction


z
  
[P

a
]

  [--]

100 N 300 N 

600 N 

900 N 

100 N 

300 N 
600 N 

900 N 

ICCM19 2928



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
It is well established that the microscale properties 

of composites strongly affect their macroscopic 

behaviour. In order to be able to understand the 

macroscopic behaviour of composites, detailed 

characterisation of the microscale properties is 

required. The properties of all composite materials 

constituents should be characterized, including 

fibre/matrix interface which plays a key role in the 

load transfer. It has been found that e.g. macroscale 

transverse cracks in fibre composites are caused by 

the coalescence of the interfacial fibre/matrix 

debonding [1].  

Having characterized the relevant microscale 

mechanical properties including interface properites, 

overall mechanical properties can be predicted by 

micromechanical modelling. Moreover, a direct link 

between the microscopic properties with the 

macroscopic composite behaviour can be 

established. Therefore, an understanding and control 

of the interface properties is of high importance. 

Thus, the studies of the fibre/matrix interface 

cracking received considerable attention.  

Fibre/matrix debonding is essentially mixed mode 

interface cracking. In order to investigate debonding 

initiation and propagation a single fibre specimen 

subjected to a transverse load has been studied in the 

literature. The problem is schematically shown in 

Fig.1. The fibre/matrix interfacial debonding has 

been studied mainly using Linear Elastic Fracture 

Mechanics (LEFM) approach. Toya [2], deduced the 

analytical solution of the energy release rate as a 

function of the debond angle for a circular inclusion 

embedded in infinite solid. The same approach was 

applied in numerical simulations elsewhere [3]. It 

was found that the debonding propagates unstably 

starting from  0d  to the angle of  7060d  

under mixed mode conditions, dominated by Mode I 

for debond angles smaller than 30° (nomenclature 

according to Fig.1). Subsequently, the growth of the 

interfacial crack is stable in pure Mode II or the 

interfacial crack kinks out into the matrix. 

Elsewhere, the fibre/matrix interface debonding was 

studied by mixed mode cohesive approach [4]. All 

numerical predictions availably in the literature were 

compared with experimental observations obtained 

by optical microscopy [3,4]. However, these 

observations do not allow for the precise debonding 

angle measurements. As mentioned, the interfacial 

crack occurs under mixed mode conditions. The 

debonding initiation is predominantly normal 

opening (Mode I). Subsequently, the crack is under 

mixed-mode conditions and mode-mixity evolves 

with the debond angle growth (contribution of a 

shear opening increases). 

It is well established that for the interfaces bonding 

dissimilar materials the Mode II fracture energy, II  

is several times larger than energy Mode I, I  [5-7]. 

Therefore, the fracture energy of the fibre/matrix 

interface must be determined for mixed mode 

conditions. 

It should be noticed, that a single fibre specimen is 

only the first step in revealing a transverse crack 

nucleation in fibre composites. Once the interface 

parameters have been determined using a single 

fibre composite, the next step is to simulate a real 

composite microstructure that includes defects and a 

number of fibres to predict debonding, interfacial 

cracks kinking into the matrix, their subsequent 

coalescence leading to the transverse macro crack 

nucleation. 

The current studies present a coupled experimental 

and numerical approach for fibre/matrix interface 

fracture parameters determination. An augmented 

finite element method (A-FEM) [8] has been used 

for numerical simulations and in situ fracture tests of 

a single-fibre specimen were conducted in the 

chamber of scanning electron microscope (SEM). 
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High resolution SEM micrographs allowed for 

debonding observations in situ. The debond angles 

and the debond opening displacements are measured 

as functions of the applied stress. By the comparison 

of experimental and numerical results 

micromechanical modelling parameters are 

identified. Cohesive law parameters are estimated 

and Mode I fracture energy is determined 

 

2 Experimental method 
A transverse tensile load was applied to a single 

fibre specimen as shown schematically in Fig.1. The 

sample is made of a thick glass fibre with diameter 

of ~50µm which is embedded in the epoxy resin. 

The fibres are pre-strained before casting in the resin 

in order to minimize the residual stress. The pre-

straining procedure is carried out according to the 

method available in the literature [9]. The sample 

was dog-bone shaped and polished in order to 

remove any microcracks and to allow for 

microscopy observations. The surfaces to be 

observed in SEM were coated with the carbon coat 

to prevent charging of the non-conductive polymer. 

The geometry of the sample which was used in in 

situ tests is shown in Fig.2. The tensile tests were 

conducted in the chamber of SEM by applying a 

tensile load in x-direction (see Fig.2). A special load 

rig was used (see Fig.3). The load was applied in 

increments and the sample was partly unloaded after 

each increment to avoid any creeping during 

scanning time. The step-wise loading is shown 

schematically in Fig.4 where xx is the applied 

stress. An acoustic emission (AE) sensor was 

mounted on the sample to assist the detection of the 

damage initiation/propagation.  

 

3 Experimental results 
The debonding initiation and propagation were 

successfully observed during in situ tests in SEM. 

An example of observed damage sequence is shown 

in Fig.5. Two characteristic features, the debonding 

angle, θd and the normal opening, Δn (see Fig. 1) 

were measured after each load step. However, in 

some cases due to the poor micrographs quality the 

debonding was not visible and no data was obtained. 

Since the problem is symmetrical along x-plane, two 

debond angles can be measured as indicated in 

Fig.1. The measured values as functions of applied 

stress are presented in Fig.6. The debonding 

propagated unstably right after its initiation and the 

first debond arrest was observed when the debond 

angle reached θd ~40°-60° at the stress level of  

MPaxx 53  (see Fig.5 and 6). At subsequent 

stress levels the debond angle propagated and the 

normal opening evolved as seen in Fig.5 and Fig.6. 

At the average stress level of MPaxx 13~ the 

interfacial crack kinked out of the fibre/matrix 

interface into the matrix as seen in Fig.5c. The 

debond angle corresponding to kinking initiation is 

found to be in the interval of  1460d . 

 

3 Micromechanical modelling 
A unit cell model consisting of 2×2mm matrix 

domain which includes the fibre with diameter of 

~50µm was implemented in ABAQUS 6.12 through 

user-defined elements. Although, the problem is 

symmetric and in principle a quarter of the fibre with 

the surrounding matrix could be considered 

(symmetry along x and y plane, see Fig.1), for the 

studies of symmetry of the problem and capacity of 

the numerical method, the entire fibre is considered 

in the numerical simulations. The entire model was 

meshed with 4-nodal elements. Since no significant 

evidence of matrix plasticity was observed in the in 

situ tests, elasticity was assumed for both, the matrix 

and the fibre domains. The Young’s modulus and 

Poisson’s ratio for the fibre are 70GPaE f  , 

21.0f  and those for the matrix are 4GPaEm  , 

3.0f . The matrix’s parameters are based on the 

data provided by the manufacturer of the epoxy resin 

used in the experiments. The fibre parameters are set 

close to the data found in the literature [3]. A-FEM 

was utilized for numerical simulations of 

fibre/matrix interfacial debonding [8,10]. The A-

FEM does not need to model the fibre/matrix 

interface explicitly as a single layer of cohesive 

elements. The interface is embedded into the ring of 

solid elements containing the fibre/matrix interface 

as shown in Fig.7. That is, all these elements have 

two materials domain. As load increases, the 

debonding will initiate along the interface when the 

critical interface stresses are reached [10].  

The triangular mixed mode traction-separation law 

was used for interfacial debonding simulations 

(Fig.8). The Mode I and Mode II traction-separation 

laws are only coupled by a failure criterion [11]: 

 

I I II II/ / 1G G     
(1) 

 
where,    and      are Mode I and Mode II fracture 

energy respectively, represented by the total areas 
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given by the traction-separations curves for each 

mode (Fig.8). 

In the failure criteria described by Equation (1),   ,  

     represent Mode I and Mode II work of the 

cohesive tractions given by 

 

0
( )

n

I n nG d


     (2) 

0
( )

t

II t tG d


     (3) 

where  and n t  are normal and tangential 

displacement respectively,  ̂  ̂ are  the peak normal 

and shear tractions, nc and tc  are the critical 

normal and tangential displacements and    and     

are the separations at which the peak normal and 

shear traction values are reached. 

 

4 Coupled experimental and numerical study 
The cohesive law parameters can be estimated by 

coupled experimental and numerical approach. Two 

parameters from numerical and experimental results 

are compared: interface debonding angle, θd and 

normal opening, Δn after the debonding crack is 

arrested (Fig.1). Firstly, Mode I parameters are 

determined by using experimental results as follows. 

It is recognized, that the debonding initiation at 

θd=0° is nearly Mode I opening [2]. Therefore, the 

Mode I cohesive strength is deduced by the stress 

analyses at this location at the applied nominal stress 

of MPaxx 53 which caused debonding initiation 

in the experimental observations. The contour plot 

for the stress analyses which was made using 

continuum elements of ABAQUS is shown in Fig.9. 

It was found that the normal stress at the location of 

the debonding initiation (θd=0°) is ~1.5 times higher 

than the far field nominal stress. Thereby, the 

cohesive strength for fracture Mode I is found to be 

in the range of MPa5.75.4ˆ  .  

Critical opening for Mode I cohesive law is also 

deduced from the experimental results.  It is found 

that the normal opening at the initiation stage is 

mn 17.0~ . It can be therefore deduced, that the 

critical opening of the Mode I cohesive law must be 

mnc  17.0 . 

Having deduced critical normal opening and the 

cohesive strength, several numerical simulations 

were run in order to find the Mode I fracture energy 

of the interface which allows obtaining the 

debonding initiation at the nominal stress of

MPaxx 53  as it was observed in the 

experiments. In the numerical simulations the 

cohesive strength was fixed and the critical normal 

opening and shear opening were adjusted. It is noted 

that for many interfaces, the Mode II fracture 

energy, 
II  has been found to be several times larger 

than fracture energy Mode I, 
I  [5-7]. Therefore, in 

the present study the fracture energy for Mode II 

over Mode I was chosen to be 4/  III
. All 

parameters for the cohesive laws used in this study 

are in Table 1. 

 

5 Numerical results 
The debond angle which was detected following the 

failure criteria from equation 1 is measured at each 

increment and so is the normal opening. The 

measured values are plotted as functions of applied 

stress in Fig.10a and Fig.10b. Since the numerically 

predicted debonding angles distinguished in Fig.1 as 

dI  and dII , developed fairly symmetrically, the 

debond angle in Fig.10a is an averaged one, i.e., 

2/)( dIIdId   . In all cases the debonding occurs 

and propagates unstably and the first debond arrest 

is observed at the angle of  4530d . The 

unstable debond propagation is in good agreement 

with experimental observations. The debonding 

initiation occurs at the stress level determined in the 

experiments for simulations whose cohesive critical 

displacement is in the range of mnc  04.003.0  . 

However, the debond angles at the subsequent stress 

levels are slightly larger than those observed in the 

experiments (see Fig.6 for comparison and cohesive 

law parameters in Table.1). For larger critical 

displacement, the debonding angles at higher stress 

levels are in better agreement with experimental 

observations, although the debonding initiation in 

these cases requires higher stress level (see Fig.6 for 

comparison and Table.1 for cohesive law 

parameters). The fracture energy for Mode I and 

Mode II can be found as 2/ˆ
ncI   and 

2/ˆ
tcII  , respectively. Thus, from Fig. 10a, it 

appears that the interface toughness Mode I is in the 

range of 2/25.01.0 mJI  .  

The normal opening (Δn) is also plotted as a 

function of applied stress and the ‘stretching’ of the 

interface observed before complete debonding 

occurs is included in Fig.10b. It can be seen that the 

debonding initiation occurs when the critical normal 

opening has been reached. All curves show a 

distinctive transition from an unstable phase (rapid 

increase of Δn with xx ) to a stable phase (more 
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gradual increase of Δn) . The transition point 
Therefore, only in case of cohesive critical opening 

being in the range of mnc  2.0 , the debonding 

initiation occurs in the desired nominal stress of 

MPaxx 53  determined in the experimental 

testing.  The critical normal opening displacement 

obtained in the numerical simulations where the 

fracture energy is in the range of 2/1.0~ mJI  are 

similar to the normal openings measured in SEM 

micrographs. For the fracture energy which is higher 

than 0.1J/m
2
, the normal openings are slightly 

smaller than experimental ones shown in Fig.6. 

All simulations are completed very fast in 

comparison with non-linear analysis conducted by 

standard FEM method. 

 

6 Summary and conclusions 
A new in situ method for debonding observations of 

fibre/matrix interface debonding is proposed. The 

sample manufacturing procedure allowed for 

obtaining a proper fibre/matrix bonding and 

removing all microcraks. The high resolution SEM 

images allowed for the in situ observations of the 

debonding process. By comparing the experimental 

measurements of debond angle and debond normal 

opening with numerical results obtained using A-

FEM the Mode I fracture energy of the interface is 

found to be ~0.1J/m
2
. The Mode I cohesive law 

parameters are identified by a coupled experimental 

and numerical approach. The cohesive strength is 

determined to be in the level of MPa5.75.4ˆ  and 

normal critical opening is found to be mnc  2.0 . 

The fracture energy and the cohesive law parameters 

for fracture Mode II can be estimated by the 

parametric study which compares the debond angle 

and normal opening evolution from the experiments 

with numerical predictions. In the present study, the 

ratio of fracture energy for Mode II over Mode I was 

chosen to be 4. The debond angles obtained in the 

numerical predictions are slightly higher than those 

measured experimentally. Therefore, more 

parametric studies should be conducted in order to 

identify the interface parameters for fracture Mode 

II. It is expected, that the higher ratio of the fracture 

energies, III  / would results in smaller debond 

angles for subsequent stress levels and thereby, in 

better agreement with experimentally measured 

debond angles.  

A-FEM is shown to be suitable for the cohesive zone 

modelling of the microscale problems.  

In the future work the kinking phenomenon 

observed in the experiments should be included in 

the numerical simulations.  Since the numerical 

method is found to be time efficient in the cohesive-

zone simulations, it is expected that it will be 

competitive for standard methods like e.g. X-FEM 

for kinking problem simulations.  

 

 

 
Fig.1. Single- fibre model composite under 

transverse load. 

 

 

 
 

Fig.2. Sample geometry used in the in situ tests in 

SEM. 

 

 

 
Fig. 3. Test set up for in situ SEM observations. 
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Fig.4. Step wise loading during in situ testing. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(a) 

 

 
(b) 

 

 
(c) 

 

Fig. 5. Fibre/matrix interface: (a) undamaged 

interface, (b) interfacial debonding initiation, (c) 

interfacial crack kinking into the matrix 
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(a) 

 

 
 

(b) 

 

Fig. 6. Experimetnal results presented as functions 

of applied stress, (a) debond angle and (b) normal 

opening 

 

 

 

 
Fig. 7. Fibre/matrix interface represented by solid 

elements.  

 

 

 

 

Fig. 8. Mixed-mode cohesive traction-separation 

laws used in this study. 
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Fig. 9. Stress analyses for estimation of the cohesive 

strength Mode I; contour plot of local normal stress 

for the nominal stress MPaxx 5~  . 

 
Table 1. Cohesive parameters used in the numerical 

simulations 

 ˆˆ   

[MPa] 

nc  

[µm] 

tc  

[µm] 

tc / nc  

[-] 

I


 

[J/m
2
] 

5 0. 03 0. 12 4 0.075 

5 0. 04 0. 16 4 0.1 

5 0. 1 0. 4 4 0.25 

5 0. 2 0. 8 4 0.5 

 

 

 

 

 

 

 

 

 

 

 

 
(a) 

 

 
(b) 

Fig. 10. Numerical results for different fracture 

energy, (a) debond angle as a function of applied 

stress and (b) normal opening as applied stress. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 
Non-crimp fabric (NCF) composite is one of 
remarkable materials because it has some 
advantages such as the improvement of out-of-plane 
strength due to effects of stitching yarns. The 
stitching technology offers the potential for 
substantial weight and cost reduction in complex and 
highly loaded composite structures. Several works 
have been reported in the literatures regarding FE-
based model of NCF composites. 
Tserpes et al. reported a meso-mechanical approach 
of NCF composite structural parts based on RVE 
(representative volume elements) and homogenized 
progressive failure analysis [1]. Himmel et al. 
developed a FE based unit-cell model considering 
the thickness and fiber orientation of the layers and 
the shape and size of resin pockets [2]. Mikhaluk et 
al. reported a multi-scale FE homogenization to 
obtain effective mechanical properties of NCF 
composites with account of resin-rich zones and 
various fiber volume fraction values [3]. The 
previous research about mechanical characterization 
of woven fabric composites established theoretical 
and experimental investigations, which were based 
on mechanical behavior at macro scale which means 
"composite part scale" [4-6]. In order to evaluate 
fiber cracking, resin failure, delamination which 
relate to meso and micro scale structures, the recent 
studies have tried to generate more detailed FE 
models based on meso scale which means "fiber 
geometric scale" and micro scale which means 
"filament scale" [7]. However, Non Crimped Fabric 
(NCF) and woven composites have many design 
parameters such as volume fraction of fiber, 
architecture of reinforced fibers, matrix properties, 
etc. Furthermore, it is very difficult to evaluate the 

mechanical behaviors because of the complicated 
geometrical shape. 
Many applications require a notch for a joining of a 
NCF composite either to another NCF composite or 
to metal which is often fastened by bolts. It is very 
difficult to evaluate the mechanical characterization 
of notched NCF composites because of not only 
their heterogeneous characteristics, complex 
structures but also stress concentration around the 
hole. For an evaluation of mechanical property of 
textile composites with several parameters, FEM is 
one of effective methods in order to reduce the 
development times and the costs.  
We have been developing a simulation procedure for 
mechanical behaviors for NCF based on Mesh 
superposition method which is one of the multi-scale 
analytical methods. The proposed method has 
applied to stitched laminate composites with/without 
a circular hole under static tensile loading. The 
numerical and experimental results are described in 
the paper. 
 

2  FE Modeling for NCF Composites 

2.1 Numerical Modeling 

In order to estimate the mechanical behavior of NCF 
composites, the geometrical model and FE model 
had been generated as follows; 
The geometrical data of NCF is generated by 
WiseTex software in Fig.1, which has been 
developed by Lomov et. al [8]. FE modeling of NCF 
is implemented by MeshTex in Fig.2, which is the 
FE modeling software for fiber reinforced 
composites developed by Zako, etc [9]. Since the 
geometry of NCF is complex, it is not easy to 
generate FE models integrally. Therefore, the 
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Stitching yarn

Laminate

Topology model Local FE model

Global FE model

Mesh 
Superposition 
Method

FE model of NCF

Topology model

stitching yarn part and laminates part are modeled 
individually. In order to consider the interaction of 
each part, the mesh superposition method is applied 
to the FE analysis in Fig.3. 
 

 
Fig.1 Geometrical model by WiseTEX 

 
 

 
 

Fig.2 FE model by MeshTEX 
 
 
 
 
 
 
 
 
 
 

Fig.3 Numerical modeling of mesh superposition 
method for NCF composites 

 
 

2.2 Mesh Superposition Method 

In the mesh superposition method, the stitching yarn 
is defined as local mesh, and laminate model is 
treated as the global mesh. The analytical area is 
divided into global area (ΩG= Ω\ ΩL) and local area 
(ΩL) as shown in Fig.4. ΩG is the area where only 
global mesh is exists, and ΩL is the area determined 
both global mesh and local mesh. The boundary 
between two meshes is defined as ΓGL, and surface 
forces affect not ΓGL but only the external boundary 
(ΓS), because ΩL is perfectly inside ΩG. On those 
assumptions, the stiffness equation is represented as 
shown in Eq.(1). 
This method has some advantages. The local-mesh 
can be superimposed on a macro-mesh without 
considering the matching of boundary for each mesh. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.4 Mesh superposition method 
 
 

(1) 
 
Each argument in Eq.(1) is indicated with the 
following equations. 
 
 
 
 

(2) 
 
 
 
 
Where, [N] and {d} have been shape function matrix 
and displacement respectively, and suffix G and L 
have represented the domain of global and local. [B] 
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3  

is strain-displacement matrix, and [D] is stress-strain 
matrix. 
 
3 Static Tensile Test 

3.1 Stitching Pattern 

The test specimen has been prepared as glass fiber / 
polyester composites. Figure 5 shows the stitching 
pattern and geometry of a specimen for NCF 
composites. The stitching pattern is a promat type, 
and the structure has the opening resin region due to 
the insertion of stitching yarns. It is clear that the 
shape is channel type by the observation of the 
specimens. 
 
 
 
 
 
 
 
 
 

Fig.5 Geometry of NCF specimen with promat 
stitching 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 

In order to estimate the stitching parameters on 
mechanical characteristics of NCF, the test 
specimens had been prepared with changing the 
several stitching parameters. The first parameter is a 
stitching pitch (2, 6 course) in Fig.6, the second is 
stacking sequence ([(0/90)s], [(90/0)s]) in Fig.7, and 
the last is the tensile direction (MD: machinery 
direction, CD: cross direction). 
 
3.2 Geometry of Opening Resin Region 
The geometry of opening resin region is measured 
by microscope. Figures 8, 9 show the observational 
results of geometry of opening resin region. The 
width of channel is quite different due to the 
stitching pitch. In [0] ply, the width in 6 course is 
wider than that of 2 course due to the tension force 
of stitching yarn as shown in Fig.8(b). On the other 
hand, the width of channel in 6 course is narrow due 
to the stitching pitch in the case of [90] ply. The 
volume fraction of fiber observed by microscope in 
each ply is shown in Fig.10. The volume fraction is 
almost 59%, however, there are high volume 
fraction in case of [0] ply (6 course) of [(0/90)s]MD 
and [90] ply (6 course) of [(90/0)s]CD due to the 
effect of opening resin region. 
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Fig.6 NCF composites with different stitching pitch 

Fig.7 NCF composites with different stacking sequence 
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Fig.9 Width of channel resin 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.10 Volume fraction of fiber 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
3.3 Geometry of Test Specimen 
To estimate the effects of stitching parameters on 
mechanical characteristics of NCF with a circular 
hole, the tensile test and numerical simulation have 
been carried out. The material is quite same in Fig.5, 
and the geometry of the specimen is based on ASTM 
D 5766. The diameter of a hole is 6(mm). Figure 11 
shows the geometry of specimen. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.11 Geometry of test specimen 
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4 Experimental and Numerical Results 

4.1 Experimental results 

Figure 12 shows the experimental results of the 
stiffness reduction in case of [(0/90)s] MD 
specimens with a hole. As the comparison, the 
experimental results without a hole are shown in 
Fig.13. The effects of stitching parameters on 
mechanical behaviors are not so large compared 
with the results without a hole. 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.12 Stiffness reduction of [(0/90)s] MD  
with a hole 

 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.13 Stiffness reduction of [(0/90)s] MD  
without a hole 

 
Figure 14 shows the relation between number of 
transverse cracks and applied strain in case of 
[(0/90)s] MD 2 and 6 course with a hole. In the 
figure, ‘TC’ means the transverse crack, and ‘SP’ is 
splitting. The cracks had been counted with the 
images by In-situ observation. The relation of 
cumulative energy of acoustic emission (AE) and the 
strain is also shown in the figures. The tendency of 
the increase of transverse cracks and AE signals are 

almost same. In case of [(0/90)s] MD 6 course, the 
number of transverse cracks and splitting increase 
earlier than those of 2 course. 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.14 Relation between cracks, AE energy and 
strain in cases of [(0/90)s] MD 2, 6 course 

 

4.2 Numerical results 

Figure 15 shows the FE mesh of a NCF composite 
with a hole which is generated by WiseTEX and 
MeshTEX. The NCF composites are treated as 
heterogeneous bodies with anisotropy for fiber 
bundles and with isotropy for matrix, respectively. 
The isotropic damage model is applied for matrix, 
and anisotropic damage model is applied for the 
fiber bundle. The occurrence of damage can be 
predicted by Hoffman’s criterion. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.15 FE mesh of NCF composite based on Mesh 
Superposition Method 
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Figure 16 shows the numerical results of stiffness 
reduction for [(0/90)s] MD with considering a hole.  
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.16 Numerical results of stiffness reduction  
with considering a hole 

 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.17 Numerical results of stiffness reduction 
without considering a hole 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.18 Comparison of FEM and experiment with 
considering a hole 

Furthermore, the stiffness reduction without 
considering a hole is shown in Fig.17. As the 
comparison, the stiffness reduction of FEM and 
experiments are shown in Fig.18. The tendency is 
almost same with the experimental and numerical 
results. 
Figure 19 shows the numerical results of damage 
development and experimental results with In-situ 
observation. The colored parts in numerical results 
mean the damaged elements judged by the criterion 
of Hoffman. The initial transverse cracks appear 
around the opening resin region perpendicular to the 
loading direction. The effects of the position of 
opening resin region and a hole on the damage 
development can be estimated with the proposed 
mesh superposition method. The initiation of 
damage and evolution of splitting are influenced due 
the position of a hole. 
Figure 20 shows the numerical examples of NCF 
with changing the position of a hole and stitching 
yarns. The stress distribution of [(0/90)s] MD model 
under ε=0.05% is shown in the figure. To make clear 
the stress distribution in the model, the stress σx in 
[0] ply is only illustrated.  
 
 
 
 
 
 
 
 
 
 
 

(a) Initial failure 
 
 
 
 
 
 
 
 
 
 

(b) Development of damage 
Fig.19 Comparison of damage development with 

FEM and experiment 
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The stress distribution around a hole of type A (Red 
circle in Fig.20(a)) is reduced due to the geometry of 
the opening resin region and a hole. Therefore, the 
initial stiffness has the broad dispersion due to the 
position of a hole and opening resin region. 
 
 
 
 
 
 
 
 
 
 
 

(a) Type A 
 
 
 
 
 
 
 
 
 
 
 

(a) Type B 
Fig.20 Stress distribution of [(0/90)s]MD with 

changing the position of a hole and stitching yarns 
 
5 Proposal of Numerical Modeling for NCF with 
a Hole based on Mesh Superposition Method 

5.1 Numerical modeling 

In order to estimate the effect of position of a hole 
and opening resin region on damage development of 
NCF composites conveniently, a new modeling of 
NCF composites with a circular hole is proposed 
based on the mesh superposition method. The 
laminate parts and a hole part are modeled 
individually, and the mechanical behaviors under 
tensile loading is estimated. Figure 21(a) shows the 
continuous model of NCF GFRP with a hole as the 
conventional model, and the stitching pattern is 
tricot. On the other hand, the super imposed model 
which is consisted of global model (laminate with 
opening resin region) and local model (a hole part) is 

generated. The finite elements for the local model 
have low stiffness. 
 
 
 
 
 
 
 
 
 

(a) Continuous model 
 
 
 
 
 
 
 
 
 
 
 

(b) Superimposed model 
Fig.21 Numerical model of NCF with a hole 

 
 
 
 
 
 
 
 
 
 
 
 

Fig.22 Numerical results of stiffness reduction 
 
Figure 22 shows numerical results of stiffness 
reduction for the continuous model and super 
imposed model. There are same tendency with both 
results. The initial stiffness and the strain of initial 
failure are good agreement with super imposed 
model and continuous model.  
The distribution of damage of [0] ply under ε=0.3% 
is shown in Fig.23. The black parts mean the 
damaged elements. The distribution of damage of 
super imposed model is almost same with the 
continuous model. As the results, the effects of the 
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position of opening resin region and a hole on the 
damage development can be estimated with the 
proposed mesh superposition method. 
 
 
 
 
 
 
 
 
 
 
 

(a) Continuous model 
 
 
 
 
 
 
 
 
 
 
 

(b) Super imposed model 
Fig.23 Damage distribution of [0] ply under ε=0.3% 
 
6 Conclusions 
The numerical models of stitching yarn and 
laminates with a circular hole are generated 
individually, and the mesh superposition method is 
applied to the FE analysis. From the numerical 
results, the mechanical behaviors of NCF 
composites with a hole can be estimated, and the 
stiffness reduction under static bending has same 
tendency with the numerical and experimental 
results. Furthermore, a new modeling of NCF 
composites with a circular hole is proposed based on 
mesh superposition method in order to estimate the 
effect of position of a hole and opening resin region 
on damage development conveniently. From the 
results, it has been revealed that the proposed 
numerical modeling method is useful for design of 
the products composed of textile composites. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 
Advanced structural adhesives are widely used in 
joining primary and/or secondary structural 
members and manufacturing of advanced composite 
materials. In addition, it is commonly applied in the 
repair of the structures. Advantages of adhesive 
bonding over traditional joining techniques such as 
welding and riveting include ease in assembly 
process, elimination of material removal and hence 
more uniform load distribution and thus reduced 
stress concentration, better fatigue resistance, higher 
corrosion resistance, substantial weight reduction, 
and flexibility in joining different materials [1-2]. 
These in turn lead to improved production and 
quality, and reduced production and maintenance 
cost. 
 
External patch repair is considered as a temporary 
repair. This method has the advantages of simple 
and less preparation time compared to other 
adhesive repair methods such as scarf and step 
sanded repairs. It can be implemented by removing 
the damaged region, followed by patches attachment 
using an adhesive. However, this method requires 
good surface preparation. Besides, external patches 
lead to aerodynamics disturbance and load path 
eccentricity that causes high shear and peel stresses 
at patch edges [3]. 
 
Several studies on the tensile behaviour of external 
patch repaired carbon/epoxy composite are available 
in the literature [4-6]. For example, Liu and Wang [4] 
studied the tensile behaviour of T300/QY8911 
carbon fibre reinforced polymer (CFRP) composite-
composite repairs bonded by J159 adhesive. In their 
studies, the stacking sequence of the parent plate 

was always [(0/90/±45/90/0)2]S and the adhesive 
thickness was fixed at 0.12mm. Through 
experimental observation, the authors reported that 
depending on the size and the stacking sequence of 
patches, the failure of the repaired composites could 
be caused by patch’s debonding or fracture. 
However, due to the variation in both patch diameter 
and patch stacking sequence at the same time, it is 
difficult to conclude the effect of each parameter 
separately in their studies. 
 
Campilho and his co-workers [5] characterised the 
tensile behaviour of single- and double-sided patch 
repaired composites. Both parent plate and patch 
were fabricated from Texipreg HS 160 RM CFRP 
composite prepreg. Their study was limited to cross-
ply laminates for both parent plate and patches. The 
lay-up of the parent plate was [04/904]S, and the 
parent plate and the patch were bonded by 
Araldite2015 adhesive at 0.2mm thickness. Their 
results showed that double-sided patch repairs 
exhibited slightly higher failure load compared to 
single-sided patch joints at all overlap lengths and 
patch thicknesses. Specifically, improvement in the 
failure load was observed in double-sided repairs at 
all patch thicknesses with overlap length of 10mm 
compared to the notched specimens, but not in 
single-sided repairs. For both single- and double-
sided repairs, low overlap length led to premature 
patch debonding and the failure load was even lower 
than the notched specimens. 
  
Cheng et al. [6] investigated the patch bonded 
composite repairs made by T600S/R368-1 CFRP 
prepreg under tensile loading. The stacking sequence 
of the parent plate was [45/-45/0/90]S. The repair 
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systems were prepared by bonding the patches to the 
parent plate using ESP110 adhesive at 0.2mm 
thickness. It was reported that patch membrane 
stiffness, A11 of 11.4GPa (where the patch stacking 
sequence was [±45]S) gave the best load recovery. 
Besides, if the membrane stiffness was the same, the 
stacking sequence had negligible affect on the 
failure load of the repairs. However, significant edge 
delamination was observed in the parent plate due to 
90o layers as mid-plies. 
 
Based on the literature survey discussed above, 
several design parameters in the repair system are 
chosen in the present work. Firstly, the stacking 
sequence of the parent plate is selected as          
[45/90/-45/0]S with the intention to minimise the 
edge delamination. In addition, the quasi-isotropic 
laminate is repaired using shear dominated patches 
([±45]S and [∓45]S) of the same type of composite. 
Besides, in order to observe the effects of adhesive 
type on the repair systems, patches are bonded using 
two different types of epoxy based adhesives: 
Araldite2015 and ESP110. Furthermore, effects of 
sandpaper polished and plasma treated repairs are 
investigated as well. Moreover, the experimental 
testing of composite repairs is accompanied by 
acoustic emission analyses. 
 
2 Materials and methods 
2.1 Fabrication of composite plates 
The material used for both parent plate and patch is 
T600S/R368-1 carbon/epoxy prepreg supplied by 
Structil. Composite laminates are fabricated using 
hand lay-up technique with curing cycle shown in 
Figure 1. The stacking sequence of quasi-isotropic 
parent plate is [45/90/-45/0]S, and composite plate of 
[0/90]S is fabricated for patches. 
 
2.2 Preparation of testing coupons 
The cured parent plate is cut into specimens of 
250×50mm2 size using diamond coated abrasive 
cutting blade with coolant. For notched and 
repaired specimens, a central hole of 10mm diameter 
was drilled, which gives the diameter to width ratio 
as 0.2. Circular patches of 35mm diameter are 
prepared through milling. This provides a constant 
overlap length of 12.5mm.  
 

In this study, two types of epoxy based adhesives are 
used, one of them is a two-part ductile adhesive 
Araldite2015 and another one is a single-part brittle 
adhesive ESP110. The major mechanical properties 
of both adhesives are listed in Table 1. It should be 
noted that ESP110 adhesive is not perfectly brittle. 
Nevertheless, it is comparatively stiffer and more 
brittle than Araldite2015. For the patches, two 
stacking sequences are employed, which are [±45]S 
and [∓45]S, to provide the same membrane stiffness 
of the patch. Besides, two surface preparation 
methods: sandpaper polishing and plasma treatment, 
are employed to investigate their effects. For 
sandpaper polished specimens, surfaces are first 
polished with fine grade sandpaper and followed by 
cleaning with acetone before bonding. As for plasma 
treated samples, the bonding surfaces are cleaned by 
iso-propanol before the treatment using plasmatreat 
PT60 at 3m/min. Patches are bonded to the parent 
plate immediately after the surface treatment. To 
ensure uniform and consistent adhesive thickness of 
0.2mm across the bonding surfaces, the adhesive 
bonded composites are clamped with steel plates 
with controlled thickness bars on both sides of the 
plates. Composite plates bonded with Araldite2015 
are heated at 50oC for 2 hours, whereas for ESP110 
bonded specimens, 120oC for 1 hour is applied for 
adhesive curing. 
 
All specimens are then bonded with glass/epoxy 
tabs of 50mm length on both ends of the 
specimens. The configurations of unnotched, 
notched and repaired specimens are shown in 
Figure 2, and Table 2 summarises all the tests 
conducted for repaired specimens. 
 
2.3 Testing and data acquisition 
Quasi-static tensile test is carried out using a 
universal testing machine with load cell capacity of 
100kN at crosshead speed of 1mm/min. At least 
three replicates are tested for each type of specimens. 
In addition, acoustic emission equipment is used for 
repaired specimens, with the threshold value set to 
be 45dB. In order to identify the location of damage 
events in the repairs, three transducers are attached 
to the specimen, located at the centre (on the patch) 
and 40mm on both sides from the centre on the 
parent plate (Figure 3). 
 

ICCM19 2946



 

3  

ADHESIVE BONDING CHARACTERISATION OF COMPOSITE JOINTS 

3 Results and discussion 
3.1 Comparison among remote tensile strength 
Figure 4 compares the remote tensile strength of 
unnotched, notched and repaired specimens with two 
different adhesives, patch stacking sequences and 
surface treatment methods, where the name of each 
type of the repaired specimen is explained in Table 2. 
The values of remote tensile strength are calculated 
based on the nominal area of the specimen 
(width×thickness). Values in bracket are the 
coefficient of variation, whereas values in red refer 
to the residual strength as compared to the 
unnotched specimens. Results reveal that a reduction 
in the area of 20% (notched specimens) leads to 51% 
reduction in the strength because of local stress 
concentration at the transverse edges of the hole. 
Consider that the effect of local stress concentration 
(ELSC) on the remote tensile strength can be 
represented by Equation (1) as following: 
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b

σ
σ

 = − 
 

                    (1) 

 
where σun, σn, are the remote strength of unnotched 
and notched specimens, and b, d and t corresponds 
to the width, hole diameter and thickness of the 
parent plate. In this case, the ELSC is calculated as 
1.62. In addition, it is shown that at least 72% of 
strength is recovered with external patches repair, 
which is comparable to the strength recovery 
reported in the literature [4,6]. Repaired with 
ESP110 adhesive exhibits better performance 
compared to Araldite2015 (13% and 7% for the 
systems repaired by patches [±45]S and [∓45]S, 
respectively). It means that the behaviour of the 
adhesive used could influence the performance of 
the repaired systems. Based on the mechanical 
properties displayed in Table 1, it is postulated that 
the remote tensile strength of the repairs is more 
influenced by the strength of the adhesive rather 
than the failure strain. Besides, regardless the type of 
adhesive used, variation with the patch stacking 
sequence is not significant, with maximum of 3% 
difference. Previous study has also reported that 
effect of patch membrane stiffness dominates over 
the patch lay-up sequence if the damage in the 
adhesive/adherend interface is not the major failure 
mode [6]. Moreover, negligible effect is found 
between different surface treatments. This 

observation allows concluding that the behaviour of 
adhesive/adherend interface does not play an 
essential role in the failure of the repairs in this 
study. 
 
3.2 Fracture mode of the specimens 
Figure 5 shows the fracture surfaces of unnotched 
and notched specimens. It can be seen that both 
unnotched and notched specimens fail in 90o and      
-45o directions. In addition, edge delamination is not 
observed in both specimens. This fulfils one of the 
objectives of this study. In the previous study from 
the laboratory with 90o as mid-plies, significant edge 
delamination was observed [6]. 
 
The fracture surfaces of tested repairs are presented 
in Figure 6. It can be seen that the fracture mode of 
the repaired composites is mainly influenced by the 
material behaviour of the adhesive, but not by the 
patch stacking sequence and surface treatment 
method. For ductile adhesive (Araldite2015) 
repaired systems, partial patch debonding is always 
observed in sandpaper polished specimens, whereas 
one-side total patch debonding could be observed 
occasionally in plasma treated specimens. Two-side 
total patch debonding is noticed in brittle adhesive 
bonded joints (ESP110) in all cases. This could be 
caused by unstable crack propagation at peak load 
due to dynamical effects, as generally happened in 
most of the brittle materials. Besides, it is 
noteworthy that all these fracture modes are similar 
to Mode A failure mentioned in reference [4], where 
patches are strong enough and debonding occurs due 
to high shear and peel stresses in the adhesive layer 
which are generally recognised to be at the region 
near the edges of the patch. In addition, the fracture 
pattern of all parent plates is the same, where the 
fracture path is in 90o and -45o directions. 
 
Figure 7 shows the optical micrographs of the 
fracture surfaces for the cases with debonded 
patches. It is obvious that some parent plate material 
pieces are attached on the patches, and patch 
debonding is resulted from delamination of the 
parent laminate and a mixture of interface and 
cohesive failure. This implies strong 
adhesive/adherend interface. Patches seem to be still 
intact or with minimal damage. 
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3.3 Acoustic emission analyses 
For the purpose of following the damage 
evolution in the repairs, acoustic emission (AE) 
data is taken at several intervals throughout the 
tensile test. The distribution of AE amplitudes 
with respect to the damage mechanisms are 
categorised using the classification by other 
researchers [10-12], which are shown in Table 3. 
Figure 8 presents the AE amplitude versus the 
event position at different relative elongation 
levels of ARA-sp repair. Here, the relative 
elongation refers to the ratio of the 
instantaneous elongation to the elongation at 
failure load. The energy level of the events is 
represented by different colour. It can be seen 
that damage first occurs in the amplitude range 
of 45-60dB with energy less than 5J and 
concentrated at the right region (Figure 8(a)). 
By referring to Table 3, this is most probably 
corresponding to matrix cracking. Later on, 
damage events within the amplitude range of 
60-80dB at energy level less than 35J are 
observed and located around the edge of the 
notch (Figure 8(b)). This could indicate 
delamination initiation. In addition, it is 
expected that adhesive damage could have 
occurred as well. It seems to be reasonable to 
say that because both interface delamination and 
adhesive damage imply damage in the epoxy. 
Finally, damage events at high energy level 
within the amplitude range of 80-100dB are 
observed, as depicted in Figure 8(c). This is 
believed to be corresponding to fibre breakage. 
 
AE data of ESP-sp at the same relative 
elongation is shown in Figure 9. Since the only 
difference between both repairs is the adhesive 
type, it is believed that the same categorisation 
predicted for ARA-sp repair can be referred:   
45-60dB for matrix cracking, 60-80dB for 
interface delamination and adhesive damage, 
and 80-100dB for fibre breakage. Contrary to 
ARA-sp repair, Figure 9(a) shows that some 
high energy events (>5J) are noticed at relative 
elongation of 0.65. The one near the centre 
location has an amplitude value close to 60dB, 

which may indicate interface delamination or 
adhesive damage. Another two damage events 
with energy level greater than 5J are most 
probably indicating interface delamination, 
since they fall outside the repair zone 
(±17.5mm). These observations suggest that 
adhesive damage and interface delamination 
could have occurred earlier in ESP-sp repair. 
Beyond that, the damage events at relative 
elongation of 0.82 and 1 in ESP-sp repair are 
similar to ARA-sp repair.  
 
4 Conclusions 
In this present work, experimental studies on 
unnotched, notched and repaired quasi-isotropic 
composite laminates are carried out. Specifically, for 
composite repairs, the effects of adhesive type, patch 
stacking sequence and surface treatment method are 
investigated. Based on the results obtained, it can be 
concluded that: 
i. All unnotched, notched and repaired parent 

plates fail in 90o and -45o directions. Edge 
delamination is not observed in all parent 
plates. 

ii. The residual strength of the notched 
specimen is only 49% of the unnotched one, 
which is believed to be due to local stress 
concentration effect at the transverse notch 
region. 

iii.  Adhesive type has a more significant effect 
on the remote tensile strength of composite 
repairs compared to patch stacking sequence 
and surface treatment method, with a 
maximum of 13% higher strength in 
ESP110 adhesive bonded composites.  

iv. Partial patch debonding is always observed 
in Araldite2015 repairs with sandpaper 
polishing method and one-side total patch 
debonding is occasionally observed in 
plasma treated Araldite2015 bonded joints. 
As for ESP110 repairs, two-side total patch 
debonding always occurs in all cases. 

v. Optical micrographs taken on the debonded 
patches show that patch debonding is 
resulted from the delamination of the parent 
laminate and a mixture of interface and 
cohesive failure. Patches seem to be still 
intact or with minimal damage. 
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vi. Through comparison with the published data, 
it is suggested that for the composite repairs 
tested in this study, the corresponding AE 
amplitudes for the damage mechanisms can 
be classified as: 45-60dB for matrix 
cracking, 60-80 for interface delamination 
and adhesive damage, and 80-100dB for 
fibre breakage. 

 
Table 1 
Major mechanical properties of Araldite2015 and 
ESP110 adhesives. 

Properties 
Araldite2015 
[7-8]  

ESP110 
[9]  

Young’s modulus, E 
(MPa) 

1850 6000 

Poisson’s ratio, ν 0.33 0.33 
Tensile yield strength, σy 
(MPa) 

13 40 

Tensile failure strength, σf 
(MPa) 

22 64 

Tensile failure strain, εf 
(%) 

4.77 2.33 

 
Table 2 
Series of repaired specimens tested in this study. 
Adhesive Surface 

treatment 
Patch 

stacking 
sequence 

Name 

[±45]S ARA+sp 
Sandpaper 

[ ∓45]S ARA-sp Araldite 
2015 

Plasma [ ∓45]S ARA-pl 
[±45]S ESP+sp 

Sandpaper 
[ ∓45]S ESP-sp ESP110 

Plasma [ ∓45]S ESP-pl 
 
Table 3 
Classification of AE amplitudes with respect to 
damage mechanisms. 
Ref MC INT DLM PoB 

[10] 40-60 50-70 60-80 80-100 

[11] 50 - 62 - 

[12] 40-70 - - 60-100 

* MC-Matrix cracking, INT-Fibre/matrix interface 
debonding, DLM-Interface delamination, PoB-Fibre 
pull-out and/or breakage. All values are in dB. 
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Fig.1. Curing cycle of the composite laminates used 
in this study. 
 

(a) Unnotched (b) Notched (c) Repaired  
Fig.2. Configurations of unnotched, notched and 
repaired specimens. 
 

 
Fig.3. Location of acoustic emission transducers on 
repaired specimens. 
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Fig.4. Remote tensile strength of all series of 
specimens. 
 

 
(a) Unnotched 

 
(b) Notched 

Fig.5. Fracture surface of unnotched and notched 
specimens. 

 

 
(a) ARA+sp 

 
(b) ARA-sp 

 
(c) ARA-pl 

 
(d) ESP+sp 

 
(e) ESP-sp 

 
(f) ESP-pl 

Fig.6. Fracture surface of all series of composite 
repairs. 
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(a) ESP+sp 

 
(b) ESP-sp 

 
(c) ESP-pl 

 
(d) ARA-pl 

Fig.7. Optical micrographs of the patches debonded 
from the repairs. 

 
(a) Relative elongation = 0.65 

 
(b) Relative elongation = 0.82 

 
(c) Relative elongation = 1 

Fig.8. Acoustic emission amplitude and energy 
versus position of events at various damage 

occurrence levels of ARA-sp repair.  
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(a) Relative elongation = 0.65 

 
(b) Relative elongation = 0.82 

 
(c) Relative elongation = 1 

Fig.9. Acoustic emission amplitude and energy 
versus position of events at various damage 

occurrence levels of ESP-sp repair. 
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1 Introduction  

Nowadays, composite materials are more and more 
used in various industries such as aircraft, 
spacecraft, automobile, marine, chemical processing 
equipment or sporting goods thanks to their high 
performances and their high strength to weight ratio. 
Composite parts are manufactured near net shape in 
order to reduce the number of machining operations, 
which weaken the material. Main machining 
operations realised on composite materials are: 
trimming, surfacing and drilling. Machining 
composite materials involves many problems due to 
the lack of knowledge in this domain such as: 
machinability of composite materials or impact of 
machining quality on mechanical behaviour. 

In the French industry, one of the methods used to 
determine the optimal cutting parameters is the 
tool/material pairing. It consists in minimizing the 
specific cutting force in order to maximize tool life. 
Many studies have studied dry drilling of 2D woven 
or unidirectional carbon/epoxy composites [1], [2].  

Different damages have been identified when 
drilling carbon/epoxy composites. Those damages 
can be separated in three categories, in function of 
their location: at the entrance, the wall and the exit 
of the hole. At the entrance of the hole, peel-out 
delamination is the main default generated and is 
dependent on the geometry of the tool, the machined 
materials and the cutting parameters [7 m]. Damages 
appearing on the wall of the hole are dependent on 
the relative angle between fibers direction and 
cutting speed, the machined materials and the edge 
radius. Different mechanisms of chip removal have 
been identified depending on the angle θ and 
generate different machined surface [3]. Push-out 
delamination appears at the exit of the hole. This 

default appears when the thrust forces are too high, 
which generates a crack that propagates at the 
interface between two plies. It is dependent on the 
feed rate, the material and geometry of the drill, and 
the wear of the tool. This delamination is the main 
damage appearing in drilling carbon/epoxy 
composites. In order to reduce delamination, 
interlock composites have been chosen. Thanks to 
the reinforcements in the third direction, they are 
assumed to prevent the appearance this damage.  

In the literature, many different geometry drill bits 
made of different tool materials have been tested for 
drilling composite laminate. Six categories of drill 
bit can be identified: twist drill bit [4–9], step drill 
bit [5], [10–15], brad point drill bit [10–12], [15], 
[16], slot drill bit [1], [10–12], [16], [17], straight 
flute drill bit [17–19] and electro-deposited 
trepanning tool (also known as core drill bit) [10–
12], [16], [20], [21]. Amongst the tool materials 
used, the most used are uncoated cemented carbide 
[ISO grades K10, K20, etc.), coated cemented 
carbides and polycrystalline diamond (PCD).  

Thrust force is one of key indexes to describe 
machinability of composite laminates as it directly 
affects the quality of drilled holes especially drilling 
induced delamination [7], [22–24]. The effects of 
different cutting parameters on thrust force have 
been studied. Most of investigators [1], [7], [15], 
[17], [25–28] found that the effect of spindle speed 
on thrust force is insignificant while the effect of 
feed rate is remarkable and generates an increase in 
thrust force when feed rate increases. In order to 
determine the impact of thrust force on 
delamination, many analytical and empirical models 
have been developed. It is believed no delamination 
appears below a critical thrust force when drilling 
composite laminates. Hocheng and Dharan 
developed the first analytical model to determine 
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this critical thrust force [29]. They used linear elastic 
fracture mechanics (LEFM) method to determine the 
critical thrust force models related to push-out 
delamination for twist drill bits. They considered 
thrust force as a single concentrated load through 
chisel edge that depends on the composite laminate 
mechanical properties and the thickness of the uncut 
plies under the drill bit. Hocheng and Tsao extended 
this model by developing a series of comprehensive 
analytical models [16], [21], [30] of critical thrust 
force for various drill bits (brad-point drill bit, slot 
drill bit, step drill bit and trepanning tool) and 
compared them with the twist drill bit results. A 
comparison with experiments was realized and 
showed good agreement with theoretical models. 
Trepanning tools seem to accept the highest critical 
thrust force, which justifies the choice of this study. 
Updhyay and Lyons [23] modified the critical thrust 
force model of Hocheng and Tsao, assuming that 
thrust force is distributed along the cutting edge. 
Those results confirm that thrust force is the key to 
avoid delamination when drilling composite 
laminates. More recently, Lazar and Xirouchakis 
[19] have studied precisely the distribution of the 
mechanical load along the cutting edge for a tapered 
drill reamer and 2-facet twist drill in function of the 
feed rate and the drill geometry. Among the various 
studies encountered in literature [10–12], [16], [20], 
[21], trepanning tools seem to reduce delamination.  
However, no investigations on drilling of 3D 
interlock composite under lubrication have been 
reported. 
The aim of this work is to investigate the influence 
of the machining parameters and tool wear on the 
quality of the drilled holes during machining of 3D 
woven carbon/epoxy using twist drill bits and 
trepanning tools with electro-deposited diamond 
grains. A comparison of the quality of the machined 
holes obtained thanks to these two processes of 
machining is proposed.  

2 Experiments 

2.1 Drilling tools 

 
Fig. 1: Pictures of 3 lips twist drill (left) and 
trepanning tool with 151 µm grains (right). 

The drill bits chosen in this study are three lips twist 
drills (3LTD) of 8.57 mm diameter, in diamond-
coated carbide, designed by Walter Company and 
trepanning tools with electro-deposited diamond 
grains of 8.51 mm diameter (cf. Fig. 1). For the 
trepanning tools, different grain size (252, 151 and 
76 µm) and crimping rate (50% and 33%) are tested.  
Drilling tests are performed with a 5-axis CNC 
machine (cf. Fig. 2) with the use of a coolant 
(Blasocut BC25 MD). When drilling with trepanning 
tools, internal lubrication is always used (to remove 
the core sample) while tests were performed with 
and without internal lubrication for 3LTD.  

Wear tests are carried on the same machine with the 
same conditions. Every ten drillings realised thrust 
forces are measured and tool is controlled (flank 
wear Vb, grains health…). 

 

 
Fig. 1: Experimental set-up. 

 

2.2 Material 

The material used in this study is 3D woven Carbon 
Fibre Reinforced Plastic (CFRP). Carbon fibres are 
IM7 from Hexcel Composites and epoxide resin is 
PR520 from Cytec. Composite samples are realised 
by Light RTM and the fibre volume fraction of this 
CFRP is 59 %. A Snecma patent protects this 
material. 

2.3 Experimental design 

Lubrication 

Trepanning tool 

Composite sample 

Dynamometer 
with fixture 
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Fig. 3: Trepanning tool after machining with feed 

rates too high. 

In order to determine the influence of cutting 
parameters on the drilling of 3D woven composites, 
ten different spindle speeds are tested with a fixed 
feed rate in order to identify its impact on thrust 
force and machining quality. Then ten different feed 
rates are tested with a fixed spindle speed. 
Concerning trepanning tools, diamond grain size 
(76, 151 and 256 µm) and crimping rate (50% and 
33%) are also tested. The maximum feed rate tested 
for trepanning tools correspond to the maximum 
value allowing machining (cf. §3.1). When the feed 
rate is too high, trepanning tools are not able to 
evacuate chips and the removing mechanism is 
catastrophic (Fig. 3). The objective of those 
experiments is to determine the influence of cutting 
parameters on the machining quality (roughness, 
circularity, precision…) and thrust forces. Wear tests 
are also carried out with the optimal cutting 
parameters identified during first set of machining 
experiments, in order to evaluate the influence of 
tool wear on machining quality and thrust force. 

2.4 Metrology 

The thrust force and torque during machining are 
measured using piezo-electric dynamometer (Type 
Kistler 9272). The charge amplifier (Model 5019) 
converts the resulting charge signals, which are 
proportional to the force, to voltage and managed 
through the data acquisition system. Roughness is 
measured with a Mitutoyo SJ 500 roughness tester 
and hole diameters and circularity are measured 
using co-ordinate measuring machine with ϕ 2 mm 
ruby probe. Flank wear and trepanning tool wear are 
measured thanks to optical microscope. 

3 Results 

3.1 Impact of machining parameters on thrust 
forces 

When drilling with the three lips drill, experiments 
showed the great influence of feed rate on thrust 
forces (Fig. 4b), which is in accord with the results 
found in literature. This phenomenon is due to the 
increase of the chip size when feed rate increases. 
Likewise, spindle speed has a minor influence on 
thrust forces (Fig. 4a). Thrust forces tend to decrease 
when spindle speed increases while drilling with 
3LTD without internal lubrication (drop of 20%). It 
can be assumed that in this configuration machining 
temperatures are close to the Tg of the material that 
creates a local softening of the machined material. 
This effect is strongly reduced with internal 
lubrication (drop of only 6%) but eh thrust forces are 
higher because of the pressure of the lubricant on the 
machined area. 

When drilling with trepanning tools, thrust forces 
are found highly dependent on feed rate, for the 
same reason as 3LTD (cf. Fig 4c). Contrary to 3LTD, 
trepanning tools are not able to machine at high feed 
rates. When machining with a too high feed rate, the 
tool is not able to evacuate chips anymore and tends 
to push the material instead of cutting it. The 
machining quality is then strongly degraded and the 
tool gets dirty and worn. The core sample sometimes 
stays stuck in the tool. The average limit feed rate 
for each grain size is detailed in Table 1. Internal 
and external lubrications keep the machining 
temperatures low and the thrust forces are not 
affected by change on spindle speed. 

Table 1: Limit acceptable feed rate for trepanning 
tools 

 

Grain size Limit acceptable feed rate 

76 µm 0.01 mm/rev 

151 µm 0.03 mm/rev 

252 µm 0.06 mm/rev 

8 mm 
0,5 mm 

0,5 mm 
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 (a)  

 

(b)

 

(c) 

 
Fig. 4: Evolution of thrust forces in function of 

cutting parameters: (a) Spindle speed for both tools 
(f = 0.075 mm/rev for 3LTD and f = 0.03 mm/rev 
for Trepanning tool); (b) Feed rate for 3LTD (N = 
3700 rpm); (c) Feed rate for trepanning tool (N = 

1870 rpm). 
 

Thrust forces vary from one trepanning tool to 
another, depending on the number of grains 
machining. Thrust forces can vary of tens of 
Newtons. 

3.2 Impact of machining parameters on 
machining quality 

The impact of cutting parameters on average 
roughness is shown on Fig. 5 for 3LTD. 

 
Fig. 5: Evolution of average roughness on the wall 

of the hole in function of the feed rate when drilling 
with 3LTD. (Spindle speed = 3700 rpm). 

 

When drilling with 3LTD, the average roughness is 
homogenous and low (≤ 3 µm) on the wall of the 
hole for low feed rates (≤ 0.05 mm/rev without 
internal lubrication and ≤ 0.075 mm/rev with 
internal lubrication). Nevertheless, when the feed 
rate is chosen higher than these values, average 
roughness becomes heterogeneous on the wall of the 
hole and defects appear where θ equals -45° (Fig. 6).  

 

 

 

 

 

 

Fig. 6: Default appearing when drilling with drill 
bits without lubrication (Feed rate = 0.3 mm/rev, 

Spindle speed = 3700 rpm). 
 

The weaving of carbon fibres is in 3D but the fibres 
are only oriented in 0° and 90° in the horizontal plan. 
Thus the angle θ take the value -45° (the worst case 
according to König [3]) four times around the hole 
(twice for the warp and twice for the weft). The 
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average roughness at θ = 0° stays constant and low 
(≤ 3 µm) but at θ = -45° it increases proportionally 
with the feed rate (Fig. 5). Internal lubrication tends 
to reduce the average roughness on the wall of the 
hole and increases the rigidity of the tool, keeping it 
from vibrating at high spindle speeds. 

With internal lubrication, no variations in 
geometrical properties are detected (diameter, 
circularity…) in the studied range. Without internal 
lubrication, at high cutting speed, vibrations appear 
and generate a larger diameter with some circularity 
issues. 

When drilling with trepanning tool, the average 
roughness is homogenous and low (≤ 4 µm) on the 
wall of the hole whatever the cutting parameters are. 
As the grains are randomly distributed along the 
tool, the θ angle of each grain is different and no 
macroscopic roughness is generated (Fig. 7). 

 
Fig. 7: Evolution of average roughness on the wall 

of the hole in function of the feed rate when drilling 
with trepanning tool. (Spindle speed = 1870 rpm). 

 

Finally two sets of cutting parameters were selected 
for 3LTD and one for trepanning tools for tool wear 
tests (cf. Table 2). Those different cutting 
parameters are chosen in function of the previous 
results. Two sets of conditions are chosen for the 
3LTD in order to determine the evolution of the 
roughness detected at 45° when the tool is getting 
worn. As the machining parameters do not have a 
great impact on machining quality when drilling 
with trepanning tools, one set of condition is tested. 
The impact of tool wear on thrust forces, roughness 
and geometry of the hole is studied.  

 

Table 2: Chosen conditions for wear tests 
 

Test Tool f 
(mm/rev) 

Vc 
(rpm) Remarks 

(a) 3LTD 0,05 3700 No 
defects 

(b) 3LTD 0,08 5550 Defects 
at 45° 

(c) Trepanning 
tool 0,03 7500 - 

3.3 3LTD wear tests 

As seen in literature [31], when machining 
carbon/epoxy composite materials with drills the 
main tool wear is located on the flank face. Thus 
flank wear (by optical microscope) and thrust forces 
are studied. Their evolution in function of the 
number of hole drilled is represented on Fig. 8 and 
9. Flank wear is measured until the diamond coating 
tool tips start to delaminate and accelerate tool wear. 
Tests are carried on after until the three tool tips are 
totally worn. Each test is repeated twice in order to 
determine the repeatability of the process. As seen in 
Fig. 9, when machining with the lower feed rate, the 
three tool tips get worn after 130 holes. 
Nevertheless, when a higher feed rate is chosen (cf. 
Fig 8), the three tool tips get worn later, after 200 
holes approximately. When the flank wear Vb 
reaches a value of 0.8-0.9 mm, the diamond coat 
tends to delaminate. This delamination of the 
coating (scaling) can be homogenous or catastrophic 
(cf. Fig. 10), in function of the quality of the coating. 
This quality has showed to be quite variable from 
one tool to another. This wear lead to a drop in 
thrust forces in a first time, and an increase in a 
second time. This phenomenon can be explained by 
the fact that when the diamond coating delaminates, 
the carbide part of the drill is machining instead and 
is really sharp. Nevertheless, carbide resists much 
less to the abrasion of carbon and gets worn really 
quickly (10 to 30 holes). Thrust forces start to 
increase again when the carbide is totally worn and 
diamond coating is in contact with the machined 
surface. The tool life of 3LTD is highly dependent to 
the quality of the coating. Catastrophic delamination 
will cause a rapid wear of the tool while 
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homogenous wear along the cutting edge will 
increase tool life.  

 
Fig. 8: Evolution of thrust forces and flank wear 

when drilling with 3LTD generating roughness at 
45°. (f = 0.08 mm/rev, N = 5550 rpm). 

 
Fig. 9: Evolution of thrust forces and flank wear 

when drilling with 3LTD without defaults. (f = 0.05 
mm/rev, N = 3700 rpm). 

The wear rate is different between the two 
conditions. Fig. 11 represents the evolution of flank 
wear in function of the distance covered by one tool 
tip. This distance is calculated by: 

𝒅 = 𝑵 ⋅
𝒕
𝒇
∙ 𝒇𝟐 + (𝟐𝝅𝒓)𝟐 

where d is the distance covered by the tool tip (mm) 
after N drillings, t is the thickness of the machined 
material (mm), f is the feed rate (mm/rev) and r is 
the radius of the tool (mm). The impact of the 
distance covered by the tool tip on flank wear is 
similar for both conditions while no delamination of 

the diamond coating is detected. After the 
delamination, flank wear is difficult to measure 
because of the disappearance of the cutting edge due 
to abrasion. Thrust forces are also quite proportional 
to this distance but also to feed rate. 

   
Fig. 10: Optical microscope pictures of tool edges at 

different tool wear (a) and two sorts of diamond 
coating scaling: uniform (b) and catastrophic (c). 

With the wear of the three tool tips, the cutting edges 
get round and the machining quality also drops. Fig. 
12 and 13 represents the evolution of average 
roughness in function of the number of holes drilled. 
The rounding of the last edge corresponds to the 
increase of the average roughness at 0° and 45°. The 
sharpness of the cutting edges tends to decrease with 
wear and delamination of fibers at 45° tends to 
increase. Diameter of holes produced stay in the 
tolerance interval, even when the three cutting edges 
are worn and important roughness is generated on 
the wall of the hole. 

 
Fig. 11: Evolution of flank wear when drilling with 

3LTD in function of the distance covered by tool tip. 
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Fig. 12: Evolution of average roughness when 
drilling with 3LTD without defaults. (f = 0.05 

mm/rev, N = 3700 rpm). 

 
Fig. 13: Evolution of average roughness when 

drilling with 3LTD with defaults. 
 (f = 0.08 mm/rev, N = 5550 rpm). 

 

3.3 Trepanning tool wear tests 

Trepanning tool wears in a different way than 3LTD. 
Tool wear is indirectly measured through thrust 
force. SEM was used to determine the wear of grains 
at the surface of the tool. After a first phase of 
breaking-in where thrust forces increase from 150 N 
to 175 N for the first 60 holes, the thrust forces 
increase slows down and after 560 holes drilled, 
thrust forces are 200 N. At this point the tool is not 
worn and thrust forces are quite stable. Tool life of 
the trepanning tool has not been measured as no 
particular wear signs are detected at this point. 

Average roughness on the wall of the hole in 
function of the number of holes drilled is 

represented in Fig. 14. The average roughness stays 
low (< 3 µm) during the first 300 holes before it 
starts to fluctuate between 2 and 5 µm. The same 
phenomenon is observed for the diameter, with a 
diameter that fluctuates after the 300th hole (but 
stays in the tolerance interval). After 560 holes 
drilled, the number of grains has decreased but the 
worn condition of the remaining grains is acceptable 
(cf. Fig. 15). 

 
Fig. 14: Evolution of average roughness in function 
of the number of holes drilled with trepanning tool. 

(f = 0.03 mm/rev; N = 7500 rpm). 

 

4. Conclusions 

The study on the impact of cutting tool (3 lips twist 
drill and trepanning tool) and of the cutting 
parameters on thrust force, roughness and machining 
precision during drilling of 3D interlock composites 
enables following conclusions. 

While drilling 3D interlock composite, damage 
generated are quite similar to the one encountered 
with composite laminates. Thrust forces are higher 
because of the increased resistance of the material in 
the third direction. 

While drilling 3D interlock composites the feed rate 
is the factor that influence the most thrust force. The 
thrust force increase is related to the chip thickness. 
Specific cutting forces are higher when drilling with 
3 lips twist drills, which could impact tool wear. 
This is due to the geometry of the tool, and more 
precisely, to the chisel edge. 
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Fig. 15: SEM picture of trepanning tool before 

starting tool wear tests (top) and after 560 drillings 
(bottom) (f = 0,03 mm/rev, N = 7500 rpm). 

 

The influence of spindle speed on thrust force was 
negligible when internal lubrication was used. 
Spindle speed has a slight influence on thrust force 
when machining with low feed rate and without 
internal lubrication. The cutting resistance of epoxy 
resin tends to drop when the machining temperatures 
increase. 

Roughness on the wall of the hole is dependent on 
feed rate when machining with a three lips twist drill. 
When machining at low feed rate (< 0.05 mm/rev) 
the roughness is uniform on the wall of the hole. 
When the feed rate is higher than this value, defects 
appear when the angle θ is -45°. These defects 
increase with feed rate. Spindle speed does not have 
any impact on roughness. 

When machining with an electro-deposited 
trepanning tool, cutting parameters do not impact 

roughness. This is due to the custom orientation of 
the diamond grains. 

3LTD wear is highly dependent on the distance 
covered by the tool tip (which is related to feed rate). 
The maximum flank wear before delamination of the 
diamond coating is 0.8-0.9 mm. The number of 
holes a tool can machine is then dependent on the 
feed rate chosen. 

Trepanning tools are highly wear resistant. Thanks 
to the high resistance to abradibility of diamond 
grains. After the breaking-in phase, the cutting 
mechanisms stabilize. Tool life is estimated superior 
to 600 holes. 
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1 Introduction  

Carbon fiber reinforced plastic (CFRP) has attracted 

much attention for various applications, such as 

aircraft materials, automotive parts, high pressure 

gas vessels and windmill blades, due to its light-

weight, high-strength and -stiffness properties. 

However, the high production cost of carbon fiber 

has limited the widespread application of CFRP and 

the increasing quantity of CFRP waste in the future 

is also of concern. Therefore, the development of a 

high-efficiency and low-cost recycling process for 

CFRP waste is the most effective solution to these 

issues. 

There have been various investigations on the 

recovery of carbon fibers from CFRP. Pyrolysis 

[1,2], the thermal decomposition of polymers in an 

inert gas, is the most common carbon fiber recovery 

process; however a resin residue is likely to remain 

after pyrolysis. Solvolysis using an organic solvent 

under ambient pressure [3] and decomposition using 

supercritical or subcritical fluid [4,5] has the 

advantage of both resin and carbon fiber recovery. 

However, there is a possibility of negative 

environmental impact and a scaling-up difficulty 

with the use of organic solvent and the requirement 

of a pressure vessel. 

Superheated steam (SHS) has received much 

attention as a heat medium in recent years. SHS is 

dry steam at a temperature above the boiling point of 

water at atmospheric pressure. It has a high heat 

transfer coefficient, and thus enables rapid and 

uniform heating. Drying rates with SHS are faster 

than that with conventional hot air above the 

inversion temperature (typically in the range of 423-

473 K) [6]. SHS also provides a low Po2 

environment, so that it has been applied to various 

industrial applications such as drying, food 

processing and sterilization. In addition, SHS 

treatment has been reported to be effective for the 

rapid debinding of the green compact ceramics with 

organic binders [7]. 

Considering these features, the treatment of CFRP 

with SHS has the potential to quickly decompose the 

matrix resin and enable carbon fiber extraction 

without deterioration by oxidation. Furthermore, 

SHS treatment is expected to produce many surface 

hydroxyl groups on the carbon fiber, which act as 

active sites for the adhesion of resin. On the other 

hand, commercial carbon fibers are typically coated 

with a sizing agent to improve the adhesion between 

carbon fiber and resin. If SHS treatment enables the 

simultaneous recovery of carbon fiber from CFRP 

and surface modification of the recovered fiber 

without deterioration of the fiber strength, then 

lowering of the CFRP production costs could be 

expected by the use of sizing-free recycled carbon 

fibers. 

The purpose of this study is to clarify the effect of 

SHS treatment on the tensile strength of carbon 

monofilament, the shear strength of the fiber-epoxy 

resin interface in CFRP and chemical states of fiber 

surface. 
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2 Experimental  

2.1 Specimen 

TORAYCA®T700 carbon fiber (Toray Industries 

Inc., Tokyo, Japan) without a sizing agent (unsized 

fiber) was used as the test specimen. 

 

 

2.2 SHS Treatment  

SHS was produced using an induction-heating (IH) 

system. An IH-type SHS generator has the 

advantage of precise temperature control and rapid 

heating, although the constituent materials must 

have excellent corrosion resistance to high 

temperature steam and thermal shock resistance. To 

generate clean SHS at the temperature above 773 K 

using IH system, electrically conductive 

La0.8Sr0.2MnO3+ and Al2TiO5 ceramics were 

selected as the heater and chamber materials, 

respectively [7,8]. 

An unsized fiber bundle was exposed to SHS at a 

flow rate of 5 kg/h. The specimen was placed in the 

process chamber at 673 K and held for 5 min at 773–

1073 K. Removal of the specimen was conducted at 

673 K. Both the heating and cooling rate was 20 

K/min. 

The stability of the carbon materials was estimated 

using FactSage thermodynamic equilibrium 

calculation software (Thermfact/CRCT, Montreal, 

Canada and GTT Technologies, Aachen, Germany) 

[9,10]. Figure 1 shows the equilibrium oxygen 

partial pressures (Po2) for H2O with dissolved 

oxygen (D.O.) at 7350 or 0 g/L and the 

thermodynamic phase equilibrium line for the C–CO, 

CO2 system. Carbon is stable in the region below the 

equilibrium line of the C–CO, CO2 system, so that 

carbon materials are considered to oxidize in SHS 

with any concentrations of D.O. Thus, when CFRP 

waste is treated with SHS, it is necessary to 

kinetically suppress oxidization of the carbon fiber. 

The D.O. concentration of the water, which is not 

controlled by any treatment such as an inert gas 

bubbling, was measured to be 7350 g/L. The open 

circles in Fig. 1 indicate the estimated Po2 values for 

the SHS treatment conditions used in the present 

study.  

 

 

 

 

 

2.3 Evaluation 

Carbon fiber coated with a sizing agent (sized fiber) 

was also evaluated as a control specimen in addition 

to the unsized fiber treated with SHS. 

The diameter and surface morphology of the carbon 

fibers were examined using field emission-scanning 

electron microscopy (FE-SEM; S-4500 and SU-8000, 

Hitachi High-Technologies Corp., Tokyo, Japan). 

Twenty filaments were observed for each carbon 

fiber specimen to determine the fiber diameters. 

Tensile strength testing of carbon monofilaments 

was performed using a universal testing machine 

(5582, Instron Corp, Norwood, USA) with a 10 N 

load cell. Tensile strength specimens were prepared 

by fixing a monofilament onto a paper holder with 

adhesive. The specimen was set up to the testing 

machine and the paper holder was then cut into two 

parts before testing. The gauge length was 20 mm 

and a crosshead speed of 0.5 mm/min was used. All 

tests were conducted at room temperature. Twenty 

specimens were tested for fiber treated with SHS 

 

Fig. 1 Equilibrium oxygen partial pressures for (a) 

H2O (D.O.=7350 g/L), (b) H2O (D.O.=0 

g/L) and (c) the phase thermodynamic 

equilibrium line for the C–CO, CO2 system. 

Open circles indicate the estimated oxygen 

partial pressures for the SHS treatment 

conditions used in this study. 
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and fifty specimens were tested for the untreated 

sized and unsized fibers. The tensile strength f , 

was determined using: 

 

   
  

   
 

 
(1) 

 

where P is the maximum load and df is the fiber 

diameter. 

The interfacial shear strength between the carbon 

fiber and resin was determined by single fiber 

fragmentation tests. Flat bone-shaped single fiber 

composite specimens (50 mm long and 2 mm thick) 

were prepared using a polytetrafluoroethylene 

(PTFE) mold. Bisphenol-A type epoxy resin (#828, 

Mitsubishi Chemical Corp., Tokyo, Japan) was used 

as a matrix resin with triethylenetetramine 

(Mitsubishi Chemical Corp., Tokyo, Japan) as a 

curing agent. A mixture of the matrix resin and 

curing agent was cast into the mold containing a 

single fiber running along the center. The specimen 

was kept at room temperature for 24 h and then 

heated from room temperature to 323 K and held for 

60 min. The specimen temperature was increased 

again from 323 to 373 K and held for 80 min. 

Finally, the temperature was slowly reduced from 

373 K to room temperature. The composites 

specimen obtained were carefully polished with 

diamond slurry so that the fragment length of 

embedded carbon monofilament could be precisely 

observed using a microscope. Then, the specimen 

was strained in steps until no further fragmentation 

of carbon fiber occurred. The interfacial shear 

strength i, was calculated using equations (2) and 

(3) [11,12]: 

 

    
    ( )̅

  ̅
 (2) 

  ( )̅    (
 ̅

  
) (  

 

 
) (3) 

 

where K is a constant, f( )̅ is the strength of a fiber 

fragment at the saturation length  ,̅ l0 is the gauge 

length for the tensile strength test,0 and m are the 

scale and shape parameters of the Weibull 

distributions for the tensile strength, respectively, 

and  is the gamma function. Three specimens were 

tested for each carbon fiber type. 

The surface chemical states of the carbon fibers 

were analyzed using X-ray photoelectron 

spectroscopy (XPS; ESCA 3057, Ulvac-Phi Inc., 

Chigasaki, Japan) with Al K as an X-ray source 

(1486.6 eV). The XPS takeoff angle was set at 45º, 

which enabled the system to detect photoelectrons to 

a depth of 5 to 10 nm from the surface. 

The titration method proposed by Boehm [13,14] 

was used to determine the concentration of acidic 

and basic surface functional groups on the carbon 

fibers. The unsized virgin (untreated) fiber and fiber 

treated with SHS at 993 K were evaluated in this 

study. The acidic surface properties are caused by 

the presence of carboxylic, lactonic and hydroxyl 

groups of phenolic character. These groups differ in 

their acidities and can be differentiated by 

neutralization with aqueous solutions of NaHCO3, 

Na2CO3 and NaOH, respectively. NaHCO3 

neutralizes only carboxylic groups, while Na2CO3 

neutralizes both carboxylic and lactonic groups, and 

NaOH neutralizes carboxylic, lactonic and hydroxyl 

groups. The specimens were mixed with aqueous 

solutions of 0.05 N NaHCO3, Na2CO3 or NaOH, 

respectively. The excess base in the supernatant 

solutions was then titrated against 0.05 N HCl. 

Carboxylic groups were quantified by direct titration 

with NaHCO3. The difference between titration with 

Na2CO3 and that with NaHCO3 was assumed to be 

lactone, and the difference between the titration with 

NaOH and that with Na2CO3 was assumed to be 

phenol groups. Similarly, the concentration of basic 

sites on the fiber surface was determined by mixing 

the specimen with 0.05 N HCl and back-titration of 

the obtained supernatant solutions with 0.05 N 

NaOH. 
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3 Results and Discussion 

3.1 Diameter and surface morphology 

Figure 2 shows the carbon fiber diameter as a 

function of the SHS treatment temperatures. The 

diameters of the unsized and sized virgin fibers are 

also shown for reference. The diameters of all the 

treated fibers were almost the same as those of the 

virgin sized and unsized fibers that did not undergo 

SHS treatment. 

SEM observation of the carbon fibers was performed 

at a low acceleration voltage of 1 kV to examine the 

surface morphology. Fig. 3 shows representative 

SEM micrographs of the unsized virgin fiber and the 

fiber after SHS treatment at 1073 K. The surface 

smoothness of the fiber treated at 1073 K is similar 

to that of the non-treated fiber, as shown in the 

higher magnification SEM images (Fig. 3s (b) and 

(d)). SEM observation revealed no obvious 

morphological change of the carbon fiber surface 

after SHS treatment. 

  

 

Fig. 3 SEM images of the (a, b) unsized virgin fiber and (c, d) fiber after SHS treatment at 1073 K. 

1 m

(a)
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1 m
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500 nm
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Fig. 2 Carbon fiber diameter as a function of SHS 

treatment temperature. The error bars indicate 

standard deviations in the measured values. 
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3.2 Tensile strength 

Figure 4 shows the tensile strength of carbon 

monofilament as a function of the SHS treatment 

temperature. The scale 0, and shape m, parameters 

from the Weibull distributions for the tensile 

strength of each carbon fiber are listed in Table 1. 

The strength of the fiber after SHS treatment at 773 

K maintained the initial level, whereas it was 

reduced to lower than that of the unsized virgin fiber 

after treatment above 873 K and generally decreased 

with increasing SHS treatment temperature. The 

carbon fiber is oxidized by SHS treatment, as 

indicated in Fig. 1; therefore, the degree of oxidation 

of the carbon fiber by SHS may increase for 

treatment temperature above 873 K, resulting in a 

decrease in the tensile strength of the fibers. 

 

 

 

 

 

 

 

 

 

 

  

 

Fig. 4 Tensile strength of carbon fibers as a function 

of the SHS treatment temperature. The error 

bars represent standard deviations in the 

measured values. 
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Table 1 Scale parameters (0) and shape parameters (m) of the Weibull distributions for the tensile strength of 

carbon fibers treated with SHS. 

Fibers 

Treatment conditions 
Scale parameter, 

0 (GPa) 

Shape parameter,  

m 
Atmospheres Temperatures (K) 

Sized 

Non-treatment 

4.19 5.77 

Unsized 

4.02 5.33 

SHS 

773 4.20 4.92 

873 3.82 4.40 

973 3.61 4.00 

1073 3.39 4.72 
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3.3 Interfacial shear strength between carbon 

fiber and epoxy resin 

The adhesion between the carbon fiber and epoxy 

matrix resin was measured using the single fiber 

fragmentation test on fibers that had been treated 

with SHS and the results are plotted in Fig. 5 as the 

interfacial shear strength of fiber-resin against the 

SHS treatment temperature. The interfacial shear 

strength between the treated fiber and resin 

increased with the SHS treatment temperature up to 

873 K, above which it became constant. The 

interfacial shear strength of fiber-resin after SHS 

treatment above 873 K was approximately twice that 

of the unsized virgin fiber and was within the error 

range of that for the sized fiber. 

 

 
 

 

3.4 Surface chemical states 

Figure 6 shows XPS spectra of the C 1s region for 

unsized virgin fiber and fiber after SHS treatment at 

973 K.  No appreciable difference of the spectra was 

identified after SHS treatment. This result is thought 

to be caused by the radiation damage during the XPS 

measurement.  

Table 2 summarizes the concentration of acidic and 

basic properties on the surface of the carbon fibers 

as determined by Boehm titration. The total amount 

of basic functionalities on the carbon fiber surface 

was not changed after SHS treatment. However, the 

amount of hydroxyl groups of phenolic character on 

the fiber surface increased after SHS treatment. Thus, 

it was clarified that the SHS treatment is effective 

for the increase of surface hydroxyl groups on 

carbon fiber. Although the concentration of other 

acidic surface groups on the fiber surface was not 

changed after SHS treatment, the treated fiber has 

1.8 times as large as the amount of total acidity 

compared with the non-treated fiber. The hydroxyl 

groups induced on the fiber surface are considered to 

act as active sites for the adhesion of resin, and 

therefore the interfacial shear strength between fiber 

and resin is improved.  
 

  

 

Fig. 6 XPS spectra for the C1s region of (a) unsized 

virgin fiber and (b) fiber treated with SHS at 

973 K, together with the peak assignment of 

surface functional groups on carbon fiber [15]. 
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Fig. 5 Interfacial shear strength between the treated 

carbon fiber and epoxy resin as a function of 

the SHS treatment temperature. The error bars 

correspond to standard deviations in the 

measured values. 
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4 Conclusions 

The effect of SHS treatment on the morphological, 

mechanical and chemical properties of carbon fiber 

was investigated. Carbon fiber was treated with SHS 

in the temperature range of 773 to 1073 K. 

The diameter of the treated fiber was the same as 

that of virgin fiber. No difference in the surface 

morphology of the fiber before and after SHS 

treatment was identified by SEM observation. The 

tensile strength of the fiber after SHS treatment was 

decreased at temperature above 893 K and generally 

decreased with increasing SHS treatment 

temperature. Adhesion at the interface between the 

treated fiber and epoxy resin was improved by SHS 

treatment at temperatures up to 893 K, above which 

the interfacial shear strength became constant. Fibers 

after SHS treatment above 873 K had approximately 

twice the interfacial shear strength of unsized virgin 

fiber. In addition, Boehm titration results indicated 

that SHS treatment increases the concentration of 

hydroxyl groups on carbon fiber, which effectively 

promotes the interfacial adhesion between carbon 

fiber and epoxy resin. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Fiber reinforced thermoplastic composites (FRTP), 

which consist of fiber reinforcements and 

thermoplastic matrices have some advantages over 

the conventional fiber reinforced thermosetting-

plastic composites (FRSP). FRTP’s are expected to 

be of high-impact resistance due to the high 

toughness and high failure strain of the 

thermoplastic matrices [1], [2]. And also, since 

the thermoplastics soften by reheating, the impact-

induced damage of FRTP can easily be retrofitted 

and recycled, which may lead to the environment-

friendly composites. 
Therefore, lightweight and high impact resistant 

FRTP have increasingly attracted significant 

attention to automotive applications, where weight-

saving and recyclability are required. In future 

applications of FRTP to automotive structural parts, 

the better understanding of dynamic/impact response 

is important for the structural design in relation to 

the crashworthiness of cars and the FOD problems. 

The purpose of this work is to experimentally and 

numerically study the dynamic response of carbon 

fabric and carbon short fiber reinforced 

polycarbonate composites. In particular, the ballistic 

impact response and properties are focused here, 

because they have thus far been poorly understood. 

In addition, the effect of carbon fibers on the 

ballistic performance of CFRTP with such ductile 

matrix as PC is also investigated. 

 

2 Materials and Test system 

2.1 Materials Preparation  

Two kinds of CFRTP are selected for the present 

study. One is reinforced with continuous carbon 

fibers (fabrics), and the other with discontinuous 

carbon fibers (short fibers: content 20%). The matrix 

of both composites is polycarbonate (PC), which is 

lightweight transparent polymer. The mechanical 

behavior of PC is ductile and has superior impact 

and perforation resistance compared with other 

polymers. The continuous and discontinuous 

CFRTP’s are fabricated by hot press molding and  

by pultrusion molding, respectively. Monolithic PC 

specimens are also used for comparisons. The 

materials tested here are listed in Table 1. 

 

2.2 Specimen Geometry 

Continuous CFRTP specimen is a square plate of 

90mm × 90mm with 0.8mm thickness, and 

discontinuous CFRTP a rectangular plate of 90mm

×75mm with 2.0mm thickness. The geometries of 

monolithic PC specimens are the same as those of 

the corresponding CFRTP specimens as shown in 

Table 1.  

 

2.3 Test Procedure 

Fig.1 shows the ballistic impact test system, which is 

developed incorporating high speed camera units 

with a gas gun type impact testing machine. The 

impact testing machine is capable of firing a 

steel ball projectile of 5mm in diameter and   

 
          Table 1 Materials and specimen geometries 
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No Material General Specification Dimension
Woven Carbon Pi-Preg

4-ply, Hot pressed with
PC powder

2
Discontinuous

CFRTP
Short Carbon Fiber
reinforced PC (Vf :20%)

90x75x2.0(t)
mm

3 PCA
Pultrusion grade
Polycarbonate

90x90x0.8(t)
mm

4 PCB
High flow grade
Polycarbonate

90x90x1.0(t)
mm

5 PCC
High flow grade
Polycarbonate

90x75x2.0(t)
mm

Continuous
CFRTP

1
90x90x0.8(t)

mm
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0.51g by weight at a maximum velocity of 330 m/s 

by releasing high-pressurized nitrogen gas in a 

chamber. A specimen is mounted in a clamping rig 

with a circular window and struck normally to its 

surface by a steel ball projectile. The velocity of the 

projectile just before impinging on the specimen 

(impact velocity) is detected using two spatially 

separated laser-gate systems, and it is determined 

from the elapsed time of the projectile traveling 

between two specified points at a distance of 300 

mm. The velocity of the projectile just after 

completely perforating (residual velocity) is also 

measured by the residual velocity detector Model 

XCORTECH X3200. The detected velocity of a 

projectile ranges from10m/s to 400m/s. 

The high speed camera units consists of camera unit 

VW-600M, flash lamp VW-L1, and controller VW-

9000, which is developed by KEYENCE Co. Ltd.    

 

 
 

Fig.1 Ballistic impact test system   
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 2 Simulation model and boundary condition 

The projectile’s motion and dynamic response of the 

specimen during testing are simultaneously 

visualized through the high speed camera, which are 

displayed on the monitor and stored in the controller 

for data analysis.  
 

3 Finite Element Analysis 

A computer simulation of ballistic impact response 

of discontinuous CFRTP and PC specimens was 

done using a finite element analysis. Three 

dimensional isotropic square target plate of these 

specimens were modeled using Abaqus/CAE & 

analyzed using Abaqus/Explicit package. 

Geometrical non-linearity is taken into account, and 

the maximum stress theory was used as a failure 

criterion, i.e., if we put  

      











 


SYX
I F

122211 ,,max  

, then failure occurs when 1FI .Here, σ ij’s are 

stress components and X, Y, S are the corresponding 

strengths. 

In the analysis, the target plate is modeled using 

shell elements and the  projectile is assumed to be a 

rigid body. Predefined velocity fields were created 

to assign specific initial velocity (impact velocity) to 

the projectile. Fig. 2 shows the boundary condition 

of the target plate and central target location to 

define impact zone. 

 

4 Semi-empirical analysis 

The schema of the perforation process is illustrated 

in Fig.3, in which Vi and VR are impact and residual  

 

 
 

Fig.3 Target plate perforated by a projectile 
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velocities of the projectile,  vR an average velocity of 

the scattering plate-fragments, M mass of the 

projectile, and m total mass of the fragments 

removed from the plate due to the perforation. In our 

previous paper [3-5], the semi-empirical expressions 

for ballistic limit velocity Vb and VR are proposed 

using the balance of energy as follows: 

 

 (1)   

 

                                                        (2) 
 

in which, the mass coefficient α is given by 

                                                                                  

                                                        (3) 
 

Perforation energy Ep and energy absorption ratio 

Eab also characterize the ballistic impact properties 

of the plate, which are defined by  
 

fsRip EEEE              (4)                      

(%)100
i

p
ab

E

E
E                (5)                                              

where, 

   222

2

1

2

1

2

1
RfsRRii mVEMVEMVE  ,,    (6) 

Once experimental data of some pairs of Vi and VR 

together with α are obtained from a series of impact 

tests, the perforation energy Ep’s are evaluated from 

Eq.(4).  Then by substituting the average value of   

perforation energy pE into Eq.(1), the ballistic limit 

velocity Vb is calculated, from which the residual 

velocity VR is predicted as a function of impact 

velocity Vi . 

 

5 Results and Discussions 

5.1 High Speed Photographs of Impact Response 

Fig.4 shows high-speed photographs of ballistic   

perforation process, i.e., impact response of 

continuous CFRTP, which are taken for three 

different impact velocities with an inter-frame time 

of 20 μs. Small pieces of fragments are observed to 

scatter behind the steel ball projectile for the impact 

velocity of 212 m/s, while no scattering fragments 

are found for a lower impact velocity of 120 m/s. 

Fig.5 shows the same photographs of discontinuous 

CFRTP. In contrast to the case of continuous 

CFRTP, large pieces of fragments scatter behind the 

projectile. The perforated hole was also found to be 

greater when the impact velocity is decreased. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(a)  Vi = 212 m/s 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(b)  Vi = 180 m/s 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(c)  Vi = 120 m/s 

Fig.4 Impact response of continuous CFRTP 
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Fig.6 shows impact response of monolithic PC plate, 

which corresponds to the matrix materials of CFRTP. 

In Fig.6(c), the steel ball projectile does not pass 

through the target plate and found to be backed away. 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

(a) Vi = 250 m/s 
 

 

 

 

 

 

 

 

 

 

 

 

 
 

(b) Vi = 220 m/s 
 

 

 

 

 

 

 

 

 

 

 

 

 

 
(c) Vi = 200 m/s 

Fig.5 Impact response of discontinuous CFRTP 

No fragments and cracks are observed, which 

presents striking contrast to the cases of continuous 

and discontinuous CFRTP with PC matrix. The 

mechanical behavior of PC is ductile under impact 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(a) Vi = 200 m/s 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(b) Vi = 170 m/s 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

(c) Vi = 150 m/s (NP) 
Fig.6 Impact response of monolithic PCA 
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Fig.7 Perforation energy vs. impact velocity of  

continuous CFRTP with the thickness of 0.8mm 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.8 Perforation energy vs. impact velocity of 

discontinuous CFRTP with the thickness of 2.0mm 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.9 Perforation energy vs. impact velocity of  

monolithic PCA  with the thickness of 0.8mm 

loading as well as static one as is found from this 

figure. Comparison of impact response of these three 

target materials shows that the CFRTPs behave like 

brittle materials when the matrix PC is ductile 

material. This appears to be because the embedded 

fibers constrain matrix flow, which results in the 

embrittlement of the CFRTPs [6], [7], [8]. It is noted 

that the ductility of thermoplastics PC is lost when 

reinforced with carbon fibers.  This is also discussed  

in the following section in terms of the ballistic 

impact performance measures like perforation 

energy, ballistic limit velocity, and residual velocity. 

 

5.2 Ballistic Impact Properties 

5.2.1 Perforation energy 

Perforation energy is a critical factor associated with 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.10 Comparison of perforation energy   

continuous CFRTP vs. monolithic PCA  

with the same thickness of 0.8mm 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.11 Comparison of perforation energy  

discontinuous CFRTP vs. monolithic PCC 

with the same thickness of 2.0mm 
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Fig.12 Residual velocity vs. impact velocity of  

continuous CFRTP with the thickness of 0.8mm 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.13 Residual velocity vs. impact velocity of 

discontinuous CFRTP with the thickness of 2.0mm 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.14 Residual velocity vs. impact velocity of  

monolithic PCA  with the thickness of 0.8mm 

the ballistic impact performance of  protective 

equipment and structures against foreign objects 

travelling at very high speed, which is a most 

commonly used measure of the preventability of 

perforation in the design of  protective structures.  

Figs.7-9 show perforation energy Ep as a function of 

impact velocity Vi. The perforation energy Ep is 

evaluated from Eq.(4), where the kinetic energies of 

the steel ball projectile before and after impact, and 

that of the scattering fragments are obtained from 

Eq.(6) using the experimental data of Vi, VR, and m.  

The perforation energy can be regarded as almost 

constant for the impact velocities beyond the 

ballistic limit velocity although small scatters are 

found. The constant values of Ep obtained from the 

averaged experimental data are 2.38J and 5.93J for 

the continuous and discontinuous CFRTP’s, while 

that of the monolithic PC is 5.19J. Fig.10 shows that 

the perforation energy of the continuous CFRTP is 

reduced by 54% as compared with that of the 

monolithic PC with the same thickness of 0.8mm. 

This is also true for the discontinuous CFRTP as 

shown in Fig.11. The decrease in perforation energy 

proves the brittle behavior of the CFRTP’s as shown 

in Figs.4 and 5. 

 

5.2.2 Ballistic limit velocity 

A ballistic limit velocity is another ballistic impact 

performance measure, which is the greatest 

projectile velocity a structure can resist without 

perforation. Knowing the perforation energy Ep, then 

we can calculate the ballistic limit velocity from the  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.15 Comparison of residual velocity  

continuous CFRTP vs. monolithic PCA  

with the same thickness of 0.8mm 
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equation MEV pb /2 . The values of Vb for these 

three target plates are 96.4m/s, 152.0m/s, and 

142.0m/s. In comparison with that of the monolithic  

PC plate, the decrease in ballistic limit velocity of 

the continuous CFRTP plate is 32%. 

 

5.2.3 Residual velocity 

A residual velocity of a steel ball projectile just after 

perforating a target plate is a function of impact 

velocity with two constants of ballistic limit velocity 

and mass coefficient as shown in Eq.(2).  

Figs.(12)-(14) show residual velocity as a function 

of impact velocity. The velocity increases 

parabolically with an increasing impact velocity as 

predicted from Eq.(2). The mass coefficients αare 

0.975 and 0.857 for continuous and discontinuous 

CFRTPs. The smaller mass coefficient of 

discontinuous CFRTP is due to the larger pieces of 

scattering fragments when compared to the case of 

continuous CFRTP as shown in Figs.4 and 5. On the 

other hand, the mass coefficient of monolithic PC is 

unity, since no fragments are observed to scatter as 

shown in Fig.6. In Fig.15, comparison of the 

corresponding residual velocities for the same 

impact velocity beyond the ballistic limit velocity 

shows the preventability of perforation of these two 

target plates, i.e., the higher residual velocity 

presents the lower ballistic impact performance. By 

comparison, it follows that the ballistic impact 

performance of the continuous CFRTP is inferior to 

that of the monolithic PC. This is the same 

conclusion as mentioned in 5.2.1 and 5.2.2, where 

compared in terms of the perforation energy and 

ballistic limit velocity.  

 

5.2.4 Energy absorption ratio 

Energy absorption ratio Eab is defined by the ratio of 

perforation energy to initial kinetic energy, which is 

evaluated from Eq.(5) using the perforation energy 

Ep obtained in 5.2.1 and the initial kinetic energy Ei 

of the steel ball projectile just before impact. 

Figs.(16)-(18) shows energy absorption ratio as a 

function of impact velocity. The ratios decrease 

monotonously with an increasing impact velocity. In 

Figs.(16) and (18), by comparing the corresponding 

energy absorption ratios for the same impact 

velocity, it is found that  the preventability of 

perforation of the continuous CFRTP is lower than 

that of the monolithic PC. 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

Fig.16 Energy absorption ratio vs. impact velocity of  

continuous CFRTP with the thickness of 0.8mm 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

Fig.17 Energy absorption ratio vs. impact velocity of 

discontinuous CFRTP with the thickness of 2.0mm 
 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

Fig.18 Energy absorption ratio vs. impact velocity of  

monolithic PCA  with the thickness of 0.8mm 
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5.3 Comparison of Experiment and FE Analysis 

Fig.19 shows the ballistic impact response of 

discontinuous CFRTP plate, where the experimental 

and FEA results are compared with each other for 

the impact velocity of about 250 m/s. It is found that 

FEA can simulate the global deformation of the 

target plate, but it can not do the scattering 

fragments which are observed in the experiments. 

Fig.20 also show the impact response of monolithic 

PC plate for the impact velocity of 150 m/s, from 

which the response and deformation of the target 

plate is found to be well simulated. 

Figs. 21 and 22 compare the FEA results with the 

experiments, where the perforation energy and 

residual velocity of the discontinuous CFRTP are  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(a) Experiment (Vi =250 m/s) 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(b) FEA (Vi =240 m/s) 

Fig.19 Impact response of discontinuous CFRTP 

plotted as a function of impact velocity. We can find 

a big difference in quantity between the FEA and 

experiment. In particular, the perforation energy 

calculated from FEA is not constant for the impact 

velocities beyond the ballistic limit velocity, while 

the experimental results are almost constant. In order 

to improve the difference between the two, a more 

refined FE analysis is needed in a future work.. 

Figs. 23 and 24 show the comparisons of the FEA 

and experimental results for the monolithic PC plate. 

Although the perforation energy obtained from FEA 

is almost constant as is the case of the experiment, 

the average value is greater than that of the 

experiment by about 57%. And also, for the ballistic 

limit velocity, FE analysis gives a greater value than  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(a) Experiment (Vi =150 m/s) 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
(b) FEA (Vi =150 m/s) 

Fig.20 Impact response of monolithic PC 
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the experiment. The comparisons of the ballistic 

limit velocities, i.e., experiment vs. FEA and Vb1 vs. 

Vb2 are made in Tables 2 and 3. The values of Vb1 are 

obtained as an average of the impact velocities very 

close to the ballistic limit velocity, while those of Vb2 

are calculated from Eq.(1). In the case of the 

discontinuous CFRTP, the ballistic limits Vb1, Vb2 

obtained from FEA are 208 m/s and 231 m/s, which 

are greater than those of the experiments by 9.4% 

and 52%. On the other hand, for the monolithic PC,  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.21 Perforation energy of discontinuous CFRTP 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.22 Residual velocity of discontinuous CFRTP 

 
Table 2 Ballistic limit velocity of 

 discontinuous CFRTP 

 

 

 

 

 

the corresponding values are 160 m/s and 179 m/s 

and these are greater by 6.7% and 26% compared to 

those of the experiments. And also, if we make a 

comparison between Vb1 and Vb2, then we find that 

Vb1 is greater than Vb2 in the experimental data, but 

the situation is reversed in the FEA, i.e., Vb1 is 

smaller than Vb2. The differences are more 

remarkable for the discontinuous CFRTP. The 

ballistic limits Vb1 obtained from the experiment and 

FEA are very close for these two target plates. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.23 Perforation energy of monolithic PC 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig.24 Residual velocity of monolithic PC 

 
Table 3 Ballistic limit velocity of 

Monolithic PC 

 

 

 

 

 

Ballistic Limit Vb1 Ballistic Limit Vb2

Experiment 190 m/s 152 m/s

FEA 208 m/s 231 m/s

Ballistic Limit Vb1 Ballistic Limit Vb2

Experiment 150 m/s 142 m/s

FEA 160 m/s 179 m/s
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6 Conclusions 

Ballistic impact response of continuous and 

discontinuous CFRTP plates along with monolithic 

PC ones has been studied both experimentally and 

numerically. In the experiments, a ballistic impact 

test system incorporated high-speed camera units 

with a gas gun type impact testing machine is used. 

The projectile’s motion and impact response of these 

target plates during testing are simultaneously 

visualized through the high-speed camera. In the 

numerical analysis, finite element codes of 

Abaqus/CAE and Abaqus/Explicit package are 

employed. Semi-empirical analysis is also presented 

for evaluating ballistic impact performance measures 

such as perforation energy, ballistic limit velocity, 

residual velocity, and energy absorption ratio. The 

results obtained here are summarized as follows: 

(1) Impact response of continuous and discontinuous 

CFRTP plates are accompanied by small or large 

pieces of scattering fragments, while that of 

monolithic PC no fragments. 

(2) CFRTPs behave like brittle materials when the 

matrix PC is ductile. This appears to be because the 

embedded carbon fibers constrain matrix flow, 

which results in the embrittlement of the CFRTPs. 

(3) The perforation energies of the CFRTPs are 

remarkably reduced compared with those of the 

monolithic PCs with the same geometrical 

dimensions. This is also true for the ballistic limit 

velocities and energy absorption ratios. 

(4) The remarkable decrease in the ballistic impact 

performance measures evidences the brittle behavior 

of the CFRTPs. 

(5) FE analysis can simulate the global deformation 

of the discontinuous CFRTP and PC plates, but it 

can not do the scattering fragments observed in the 

experiment of the CFRTP. 

(6) A more refined FE analysis is needed for 

evaluating the ballistic impact performance 

measures of the CFRTP materials. 
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1 Introduction  

Because carbon fiber-reinforced plastics have the 

characteristics such as high strength and lightweight, 

they have been used in a wide range of fields such as 

automobiles and airplanes. The further increase in 

demand is expected in the future, and the capacity of 

high production is also needed to significantly 

reduce the time required for molding. The current 

molding method is categorized by the nature of the 

resin. The thermosetting resin is used for Resin 

Transfer Molding (RTM), and the thermoplastic 

resin is being carried out for press forming. The 

mechanical properties of FRP are dependent on the 

microscopic behaviors such as resin impregnation 

and void formation. It is difficult to estimate the 

behavior of the resin flow considering the 

microscopic structure. In order to solve the problem, 

the numerical analysis to estimate the resin flow in 

microscopic structures has carried out in various 

studies [1] [2] [3]. The analysis is based on 2D 

estimation of resin flow, however, the actual resin 

flow is 3D phenomenon. In this study, the 3D 

simulation of resin flow has been developed based 

on Moving Particle Semi-implicit (MPS) method 

which is one of the particle methods, and the 

occurrence of the non-impregnated parts into the 

fiber bundles is estimated considering the effects of 

surface tension and wettability on resin flow. 

2 Numerical method 

2.1 Governing equation  

The governing equation for incompressible fluid, 

Navier-Stokes equation and Equation of continuity 

are given by the following equation (1), (2). 

Du/ Dt = -∇P/ρ +ν∇2 u+ g + A 

Dρ/ Dt = 0    

(1) 

(2) 

Where, ρ is the density, P is the pressure, ν is the 

viscosity coefficient, u is the velocity, g is 

acceleration of gravity, A is external force term due 

to surface tension and wettability. 

2.2 MPS (Moving Particle Semi-implicit) method  

In the MPS method, the governing equation is 

discretized with the interparticle interaction model. 

In this model, it is necessary to consider a weight 

function calculated by the distance between the 

particles (3), (4). 

 

 

(3) 

(4) 

Figure 1 shows a description of the elements of the 

formula. In the equation, r is the distance between 

two particles and re is the effective distance for the 

interaction of particles. 

 
Fig.1 Effective distance (2D) 

 

The incompressibility of the corresponding particle i 

is expressed by ni. the sum of weight functions of 

particle j in effective distance in Eq.(5). when a 

constant mass of each particle. The corresponding 

particle(n0) is a constant. 

ni =  | rj – ri |    (5) 

ESTIMATION OF RESIN FLOW FOR FRP 

 BASE ON MPS METHOD 
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By using the value obtained by Eq.(5), the gradient, 

divergence and Laplacian are calculated in the 

following equations. It is MPS method flow. As the 

result, the governing equations (1) and (2) can be 

discretized as MPS method. 

 

 

 

(6) 

 

(7) 

 

(8) 

2.3 Calculation of external force term 

The external force term is calculated based on a 

method of exerting inter-particle potential force [4]. 

In this study, the inter-particle potential force 

function is calculated by using the following formula 

equations (9)(10). 

A=C1∑p1 (r) + C2∑p2(r) 

p(r) = - ( r -3r0/2+r1/2) (r – r1 )2  

(9) 

(10) 

where  r  is the distance between the particles, r0 is 

the distance between the particles of the initial state, 

r1 is the effective radius. Using the fluid inter-

particle potential coefficient (C1) as surface tension 

and inter-particle potential coefficient between the 

fluid and solid (C2), Fig.2 shows a description of the 

elements of the formula. 

 
Fig.2 Scheme of resin droplet 

In this study, the fall of water droplets is simulated 

by changing the three types (Table 1) of potential 

coefficient C1 to verify the validity of the proposed 

method. Figure 3 shows analysis result. It was 

observed that the spread width of a water droplet is 

smaller by increasing C1. This result was noted that 

the proposed method works normally.  

Table 1 Potential Coefficient  

 C1 (surface) C2 (wettability) 

Case1 1.0×107 1.0×106 

Case2 7.0×106 1.0×106 

Case3 4.0×106 1.0×106 

 

In the analysis, ρ is 1200(kg/m3), ν is 0.05, g is 

9.8(m/s2). 

 

(a) Analysis model (3D) 

 

 

(b) Case1 (C1: 1.0×107) 

 

(c) Case2 (C1: 7.0×106) 

 

(d) Case3 (C1: 4.0×106) 

Fig.3 Numerical result (resin droplet) 
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3 Estimation of wettability 

3.1 Determination of potential coefficient 

Each potential coefficient is important factor to 

represent the surface tension and wettability, 

however, the value can not investigated completely 

by comparison with the actual behavior of the fluid. 

In this study, a three-dimensional model of the resin 

droplet is developed and compared with the droplet 

particle as shown in Fig.4. By using the model, the 

optimal potential coefficient is determined. 
Furthermore, the relation between various kinds of 

fibers and the resin can be estimated only by 

changing the potential coefficient. 

Here, numerical analysis is carried out by using 

three types of C2 to confirm the validity of the 

proposed technique. 

 

Table 2 Potential Coefficient  

 C1 (surface) C2 (wettability) 

Case1 1.0×107 1.0×106 

Case2 1.0×107 4.0×106 

Case3 1.0×107 7.0×106 

 

In the analysis, ρ is 1200(kg/m3), ν is 0.05, g is 

9.8(m/s2). 

 

 

Fig.4 Three dimensional model of a droplet 

 

(a) Case1 

 

 

 

(b) Case2 

 

(c) Case3 

Fig.5 Numerical result (static condition) 

 

3.2 Determination of potential coefficient 

In Fig.5, the clinging of resin on a fiber is different 

due to the effect of wetting parameter C2. The 

tendency of affinity on the fibers increases with 

increasing of wetting parameter. In case 1, 

accumulated part of resin appears at the bottom side 

of the fiber due to the low value of wetting 

parameter. On the other hand, the resin is 

accumulated on the upper surface of fiber in case 3. 

The numerical results are similar to the actual 

phenomena. By using drip of the resin from a pipette 

that can adjust the capacity to the actual fiber, the 

evaluation of wetting behaviors can be performed 

with the actual behavior. The measurement of 

dripping behavior of resin can be performed with 

high speed microscope, and the relation between the 

contact angle of resin on fiber and wettability can be 

estimated. In order to estimate the correct value of 

wetting parameters, the parameter fitting with the 

measurement of dripping and numerical analysis is 

necessary. The proposed three-directional simulation 

is very useful for the parameter fitting because the 

parameter fitting is not enough with the conventional 

two-directional simulation. 
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4 Numerical analysis of resin flow in UD FRP 

4.1 Periodic model 

Figure 6 shows the microscopic structure of periodic 

alignment of fibers in UD composite. The resin flow 

analysis is carried out and the non-impregnate parts 

are estimated. Here, in order to clarify the effect of 

wettability of the fibers on the resin flow, three-

dimensional resin flow analysis is performed. The 

geometrical parameters are shown in Table 3. Two 

types of the model are prepared by changing the 

wetting parameter C2 in Table 4. 

 

 
Fig.6 Periodic model  

 

Table 3 Parameter of periodic model  

l(μm) w(μm) h(μm) D(μm) lf(μm) a(μm) 

45.0 75.0 24.0 10.0 150.0 5.0 

 

In the analysis, ρ is 1200(kg/m3), ν is 0.05, g is 

9.8(m/s2), Table 4 means of the coefficients C1 and 

C2 . 

Table 4 Potential Coefficient  

 C1 (surface) C2 (wettability) 

Case1 1.0×107 1.0×106 

Case2 1.0×107 8.0×106 

 

 

 

 

 
(a)  0.0003 [s] 

 
(b)  0.0009 [s] 

 

 
(d)  0.0018 [s] 

 

 
(d)  0.0024 [s] 

Fig.7 Resin flow and non-impregnated area (Case1) 

(X-Z cross section) 
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(a)  0.0003 [s] 

 

 
(b)  0.0009 [s] 

 

 
(c)  0.0018 [s] 

 

 
(d)  0.0024 [s] 

Fig.8 Resin flow and non-impregnated area (Case2) 

(X-Z cross section) 

 

 

 

4.2 Results and Discussion (Periodic model) 

As the numerical results of case 1 and 2, the 

different behaviors appear due to the effect of 

wetting parameter C2. The distinguishing feature of 

the numerical results is that non-impregnated parts  

due to  each resin flow are different. In case 1 (low 

wettability), non-impregnated parts appear behind 

the fibers toward flow direction in Fig.7(b) . On the 

other hand, the fibers are wrapped in resin flow in 

case 2 (high wettability) in Fig.8(b).  

In practice, inter-particle force between resin and 

fiber in case1 is low, resulting in non-impregnated 

part is generated on the back side of the fiber with 

respect to the flow direction. On other hand, it isn’t 

generated by high inter particle force in case2.The 

results confirm that the wetting parameters affect the 

impregnation of resin. 

In order to estimate the detail of impregnation on 

the fiber, the spread width of resin is investigated as 

shown in Fig.9. The results showed the wetting 

parameters affect the impregnation of fiber direction 

of resin. Consequently, in the case2, the resin 

impregnated width behind the fiber is wider than 

that of case 1.  

 
Fig.9 Spread width of resin  

(X-Y cross section) 

 

The width of resin impregnation is very important 

for RTM because determination of position of resin 

injection. In this future, it is necessary to clarify 

relationship between width of resin impregnation 

and difference in wettability. 
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4.3 Random model 

Numerical analysis with random alignment model is 

carried out to investigate the effects of space and 

width of flow path between the fibers on the resin 

flow. The fibers are aligned irregularly in the actual 

molding, The geometrical parameters of the random 

alignment model are shown in Table 5. Two types of 

the model are prepared by changing the wetting 

parameter C2 in Table 6. The diameter of a fiber is 

unified, and the width of the channel is set randomly.  

 
Fig.10 Random model 

 

In the random alignment model, the minimum 

proximity distance between fibers is 1.0μm as 

narrow path in Fig.10. The potential coefficients and 

other dimensions are the same of the periodic model. 

Figure 11 and 12 show the numerical results with the 

random alignment model. 

 

Table 5 Parameter of random model  

l(μm) w(μm) h(μm) D(μm) lf(μm) a(μm) 

45.0 75.0 24.0 10.0 150.0 1.0 

 

Table 6 Potential Coefficient  

 C1 (surface) C2 (wettability) 

Case1 1.0×107 1.0×106 

Case2 1.0×107 8.0×106 

 

 
(a)  0.0003 [s] 

 

 
(b)  0.0009 [s] 

 

 
(d)  0.0020 [s] 

 

 
(d)  0.0026 [s] 

Fig.11 Resin flow and non-impregnated area 

(Case1)  (X-Z cross section) 
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(a) 0.0003 [s] 

 

 
(b) 0.0009 [s] 

 

 
(c) 0.0016 [s] 

 

 
(d) 0.0026 [s] 

 

Fig.12 Resin flow and non-impregnated area (Case2) 

(X-Z cross section) 

 

 

 

4.4 Results and Discussion (Random model) 

As shown in Figs.11 and 12, characteristic resin 

flow was discovered, though it wasn’t discovered in 

periodic model. This resin flow was confirmed 

around big space and narrow path in Fig.10. Around 

narrow path, the non-impregnated area tends to be 

generated as shown in Figs.11, 12. Furthermore, 

non-impregnated area continues to remain around 

narrow path in case 2. This result shows that each of 

the resin behavior in front and back of narrow path 

attributed to non- impregnation. In front parts, the 

resin doesn’t pass through between the fibers 

because of high interface potential force of both 

fiber as shown in Fig.12(b). Figure13 shows X-Y 

cross section of Fig.12(d) to investigate resin flow in 

back parts. From this result, resin particles in back 

parts were found to be moved toward fiber direction. 

 

 
Fig.13 Resin flow and non-impregnated area  

 (Case2 (d) ) 

Comparing Fig.11(d) and Fig.12(d), whole 

impregnation tendency is different due to C2. In 

case1 (low wettability), non-impregnated parts 

appear at many parts around fibers. On the other 

hand, resin wraps around fibers in case2 (high 

wettability). The difference in this result depends on 

the behavior of the resin in a large space as yellow 

area in Fig.10. In case1, the resin isn’t able to remain 

in large space because of low inter-particle force 

applied to fibers around large space. The behavior 

becomes inception, then leads to excessive non-

impregnation. However, the resin of case2 remains 

in the space due to the high inter-particle force (C2).  

In the future, it is necessary to clarify relationship 

between resin impregnation and size of space among 

the fibers. 

 

ICCM19 2987



5 Conclusion 

The 3D simulation of resin flow was developed 

based on MPS method, and the occurrence of the 

non-impregnated parts into the fiber bundles is 

estimated considering the effects of surface tension 

and wettability on resin flow. The two types of 

particles is considered to estimate the effects of 

surface tension and wettability with a three-

dimensional droplet model. From the numerical 

results of resin flow around fibers in random 

alignment, the proposed method can represent the 

flow conditions even any resin and fibers by 

changing the potential coefficients. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Nowadays, natural fiber reinforced composites are 

expected as structural materials, and already applied 
to industrial products such as car interior parts and 
electrical products [1].  Natural fiber made from 
plants mainly consists of cellulose, which has a high 
elastic modulus of 138GPa in its crystal part [2].  
Then it is expected that the natural fiber will widely 
be substituted for conventional glass fibers.  The 
research and development of materials using the 
biomass sources provide opportunity for a 
sustainable society.   

It is known that a single yarn is formed by 
spinning natural short fibers and a twist yarn 
consists of some single yarns in order to achieve 
high stiffness and strength of natural fiber 
composites.   Generally, it is found that the amount 
of twist obtained by the spinning process, called 
twist per inch (TPI), plays an important role in yarn 
properties because the twist is essential to hold the 
fibers together [3].  In fact, twisted yarns are 
normally used for increasing the lateral cohesion of 
the filaments and also for ease of handling.  By 
twisting yarns, possible micro damages within the 
yarn can be localized, leading to possible increase in 
the failure strength of the yarn [4].  

Meanwhile, the application of liquid composite 
molding processes, such as resin transfer molding 
(RTM) and resin infusion also known as Vacuum 
assisted RTM (VaRTM) has grown tremendously in 
recent years [5-12].  VaRTM allows the fabrication 
of composite parts with high fiber volume content 
and good laminate and part quality at reduced costs 
compared to classical autoclave processes.  However, 

very little research has been done on the use of RTM 
and VaRTM in making natural fiber polymer 
composites [13, 14].  The trend of using RTM to 
make natural fiber composites is beginning to grow 
due to the short cycle time and automation-
friendliness of the process that lends itself 
particularly well for use in the high volume 
automotive sector [15, 16].  In any RTM process, 
complete filling of the mold with adequate wetting 
of fibers is the mold designer’s primary objective.  
Incomplete filling in the mold leads to production of 
defective parts with dry spots [6, 7, 11, 17, 18].  It is 
also important for the mold designer to minimize 
fill-time and fluid pressure buildup during the filling 
process to make the technology cost-effective in a 
manufacturing environment.   

The purpose of this study is to investigate the 
effect of TPI of natural fiber yarns on resin 
impregnation properties, such as flow velocity and 
void generation, and its mechanical properties for 
natural fiber composite molded by VaRTM.  
Furthermore, a novel VaRTM method of natural 
fiber composites based on the TPI dependence on 
the resin impregnation properties was proposed.  
Finally, the VaRTM applications using the present 
method were also demonstrated.  Moreover, the 
tensile properties and fracture mechanism of the 
particular parallel laminates using various TPI yarns 
for actual applications were investigated.   
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2 Experiments 

2.1 Materials and testing 

The reinforcement used in this study was a ramie 
single yarn (No.16, supplied by TOSCO, CO., Ltd).  
Five-twisted yarns were produced from ramie single 
yarns using a twisting machine (Mini Twister AMT-
2W, Marui Textile Machinery Co., Ltd.).  The 
numbers of twists (TPI) prepared were 1.5, 3.5, 6.5 
and 9.5 /inch.  The bio-based thermosetting resin, 
acrylated epoxidized soybean oil (AESO), Ebecryl 
860 produced by Daicel-Cytec Co., Ltd, was used as 
matrix for VaRTM.  This composite is fully bio-
based composites.  The hardeners for resin were a t-
butyl peroxybenzoate produced by Wako Pure 
Chemical Industries, Ltd. or a Dibenzoyl peroxide 
CH-50L produced by Kayaku Akzo corporation.  

The VaRTM outline was shown in Fig.1. 5 yarns 
with various TPIs for measuring the flow velocity of 
resin and twelve yarns for testing to obtain the 
mechanical properties were arranged in one 
direction.  Then, the unidirectional natural yarn 
composites were molded using VaRTM.  Specimens 
for tensile tests had 90mm gauge length, a width of 
15mm and an average thickness of 2mm.  The 
tensile test speed was 1mm/min.  Hereafter, the 
name of composites specimen with 1.5~9.5 TPI 
yarns were abbreviated as AR1.5~9.5, respectively.  
The number of specimens was five for all cases.  

 

 
Fig.1 VaRTM outline and resin flow 

 

 

 

2.2 Resin impregnation properties 

The schematic of resin flow in VaRTM after 4 
minutes and the flow velocities of resin were also 
shown in Fig.1 and Table 1, respectively.  Here, v is 
the flow velocity of resin.  It was found that the resin 
flow velocity increases with increasing TPI because 
the capillary pressure due to the dense structure of 
fibers becomes the predominant force for tow 
impregnation.  The capillary pressures Pcap and the 
yarn permeability Ki of yarns with various TPI were 
also shown in Table 1.  The capillary pressure was 
calculated by  

i
cap r

P θγ cos2
=  (1) 

where, γ is the resin surface tension, θ is the contact 
angle between resin and fibers and ri is the capillary 
radius.  The permeability derived from Darcy’s law 
was given by 

cap
i Pp

lvK
+∆

=
µ

 (2) 

where, µ is the resin viscosity, ∆p is the fluid 
pressure difference over the flow distance in the 
yarns l.  These material properties were shown in 
Table 2.  From the view point of Darcy’s law, it was 
found that the flow velocity in the yarns with high 
TPI increases due to the high permeability.   

The cross-section photographs using a laser 
microscope for AR1.5 and 9.5 were shown in Fig.2.  
Five yarns in AR9.5 composites closely approached 
each other, on the other hands five yarns in AR1.5 
separated.  Because the capillary pressure between 
yarns was lower than that in yarn [12], the flow 
velocity with low TPI became a low level.  More 
large magnification photographs in one yarn were 
presented in Fig.3.  It was confirmed that there is no 
void in the case of all TPI.  Consequently, it was 
cleared that the resin impregnation using present 
method was fine.   
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Table 1 Impregnation and tensile properties  
 Neat AR1.5 AR3.5 AR6.5 AR9.5 

v[mm/s] - 0.55 0.64 0.73 0.85 

ri[mm] - 7.6 
x10-6 

6.8 
x10-6 

6.3 
x10-6 

5.9 
x10-6 

Pcap 
[kPa] 

- 8.6 9.6 10.4 11.1 

Ki [m2] - 3.3 
x10-8 

3.5 
x10-8 

3.7 
x10-8 

4.0 
x10-8 

σ [MPa] 11.4 141.1 102.9 74.0 55.6 

E [GPa] 0.73 14.3 7.81 5.33 3.93 
εf [%] 3.32 1.60 2.33 2.72 2.74 

 

 
(a) AR1.5 

 
(b) AR9.5 

Fig.2 Cross-section observations for five yarns 
 

Table 2 Material properties for calculations 
Resin surface tension, γ [N/m] 0.05 

Contact angle, θ [ο] 49 
Resin viscosity, µ [Pa･s] 3.5 
Fluid pressure, ∆p [Pa] 100 

Flow distance, l [m] 0.15 
 
 

 
(a) AR1.5 

 
(b) AR9.5 

Fig.3 Cross-section observations in yarn 
 

2.3 Mechanical properties 

The yarn TPI dependence on the stress-strain 
relation for natural fiber composite was shown in 
Fig.4.  The obtained tensile properties were also 
denoted in Table 1.  In Table 1, σ is the tensile 
strength, E is the Young’s modulus and εf is the 
fracture strain.  The tensile strength and Young’s 
modulus increase with decreasing TPI, while the 
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fracture strain increases with increasing TPI because 
the mechanical properties depends on the twist 
angles [3].   
 

 
Fig.4 Stress-strain relations 

 

3 VaRTM applications 

3.1 Resin flow control in VaRTM 

In the case of actual application of structures 
molded by VaRTM, the complicated structures with 
corner, curved surface and branch and merge of 
resin paths existed.   At such change point of resin 
flow velocities, it was concerned that the insufficient 
impregnation of resin into yarns easily occurred [8].  
In this section, some applications using present 
VaRTM method were introduced.   

One of the application examples of resin flow 
control for design of natural fiber composite 
structures molded by presented VaRTM was shown 
in Fig.5-(a).  Two resin paths with corner were 
prepared. On one hand twelve yarns with 1.5 TPI 
were arranged and on the other hand three yarns 
with four kinds of TPIs were arranged.  In fact, at 
the inner side three yarns with 1.5 TPI were 
arranged, those with 3.5 and 6.5 TPI which have 
higher flow velocities followed to them and at the 
outer side those with 9.5 TPI were finally arranged 
so that the resin flow detour in the corner based on 
the difference of flow velocities.  

The schematic of resin flow in VaRTM after five 
minutes was also shown in Fig.5-(b).  It was found 
that the resin detoured near corner in the latter case.  
Consequently, the void occurrence due to the resin 

flow path near corners was prevented as much as 
possible owing to arrange the yarns with various 
TPIs.   
 

 
(a) Overview of VaRTM 

 
(b) Schematic of resin flow 

Fig.5 Resin flow control application example 

 

3.2 Resin flow acceleration in VaRTM 

One of the application examples of resin flow 
acceleration for design of natural fiber composite 
structures molded by presented VaRTM was shown 
in Fig.6-(a).  At first two twelve yarns with 1.5 TPI 
were prepared.  These are with and without an 
acceleration path using two yarns with 9.5 TPI 
which have higher flow velocities.  The acceleration 
path put on the twelve yarns with 1.5 TPI.   
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The schematic of resin flow in VaRTM after five 
minutes was also shown in Fig.6-(b).  It was found 
that the resin impregnation accelerated in the latter 
case.  Consequently, in the case of a large structure 
with branch and merge resin path, the void 
occurrence due to the resin impregnation lag was 
prevented as much as possible owing to add the 
acceleration path  with high TPI. 

 

 
(a) Overview of VaRTM 

 
(b) Schematic of resin flow 

Fig.6 Resin flow acceleration application example 

 

4 Tensile properties of various ‘parallel lamina’ 

4.1 Various ‘parallel laminae’ preparation 

It was cleared that the void occurrence can be 
prevented as much as possible when the yarns with 
various TPIs are arranged in parallel.  However, the 
tensile properties depend on the TPI, as shown in 

Fig.4.  We called the composites with various TPIs 
as a parallel lamina. Then, the tensile properties of 
various parallel laminae as shown in Fig.7 should be 
investigated.   

Three kinds of parallel lamina were prepared as 
shown in Table 3.  The number of yarns was three 
each other.  AR1369 was arranged in order as the 
application example shown in Fig.5.  AR1963 has 
the low fracture strain lines of 1.5 and 3.5 TPIs at 
outside lines.  On the other hand, AR6139 has the 
low fracture strain lines at inside lines.  The 
unidirectional parallel laminae were molded using 
VaRTM.  Specimens for tensile tests had 90mm 
gauge length, a width of 15mm and an average 
thickness of 2mm.  The tensile test speed was 
1mm/min.  The number of specimens was five for 
all cases. 
 

 
Fig.7 Tensile specimen with various TPI yarns 

 
Table 3 Parallel laminae  

Abbreviation AR1369 AR1963 AR6139 
1st line 1.5 TPI 1.5 TPI 6.5 TPI 
2nd line 3.5 TPI 9.5 TPI 1.5 TPI 
3rd line 6.5 TPI 6.5 TPI 3.5 TPI 
4th line 9.5 TPI 3.5 TPI 9.5 TPI 

 

4.2 Tensile properties 

Fig.8 shows the stress-strain relations for various 
parallel laminae.  The obtained tensile properties 
were shown in Table 4.  The Young’s modulus of all 
laminae were predicted using a law of mixture as 
follows,  

∑ += mmiiARc VEVEE ,  (3) 
where, EAR,i is the Young’s modulus of i TPI line and 
Vi is the volume fraction of i TPI line.  Em and Vm are 
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the Young’s modulus and volume fraction of resin, 
respectively.  The predictions of Young’s modulus 
were good agreement with experimental modulus.   

The tensile bundle strength σ/Vf and the 
normalized Young’s modulus Ε/Vf of AR6139 were 
higher than those of AR1369 and AR1963.  It was 
found that the arrangement of low TPI lines to inside 
bring the high tensile strength for the parallel 
laminae.  The knee point in the stress-strain relation 
of AR1963 occurred.  It was found from the in-situ 
observation that this knee point derived from the 
fracture of 1.5 TPI lines.  Moreover, the fracture 
strains of AR1369, 1963 and 6139 were lower than 
2.0%.  In Table 1, the fracture strains of AR3.5, 6.5 
and 9.5 were higher than 2.0%.  Consequently, it 
was indicated that the whole final failure of parallel 
laminae was controlled by the failure of 1.5 TPI line.   
 

 
Fig.8 Stress-strain relations for parallel laminae 

 
Table 4 Tensile properties for parallel laminae 

 AR1369 AR1963 AR6139 
Volume fraction 

Vf [%] 27.6 27.2 31.0 

Tensile strength 
σ [MPa] 74.2 74.6 94.3 

Young’s modulus 
E [GPa] 7.76 7.51 8.71 

Fracture strain 
[%] 1.61 1.64 1.78 

σ /Vf 268.0 273.7 303.9 
E /Vf 28.1 27.7 28.2 

E prediction 
[GPa] 8.32 7.92 8.38 

 

4.3 Fracture aspects 

Fig.9 shows the photograph of scanning electron 
microscope for the 1.5 and 9.5 TPI lines of AR1963 
specimen.  The fracture surface of 3.5 TPI line 
appeared similar to 1.5 TPI line and that of 6.5 TPI 
line was similar to 9.5 TPI line.  The fracture surface 
of 1.5 TPI line was approximately flat and that of 
9.5 TPI line was roughness due to pull-out fracture 
of twist yarns.  It was considered that this pull-out 
fracture of twist yarns brought the high fracture 
strain.  However, the stress concentration owing to 
the crack of 1.5 TPI lines was enough large to cause 
the whole final failure of parallel laminae.   
 

 
(a) TPI=1.5 

 
(b) TPI=9.5 

Fig.9 SEM photographs of AR1963 
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5 Conclusions 

The unidirectional natural fiber composites with 
twist yarns were molded by VaRTM.  The twist 
yarns used in this study have four kinds of twist per 
inch (TPI) such as 1.5, 3.5, 6.5 and 9.5.  The twist 
angle, the dense of yarns and the distance between 
yarns depends on the TPI of yarns.  Then, the resin 
impregnation properties in VaRTM and its 
mechanical properties were investigated in this study.  
The following conclusions were derived.  
 
1. In the case of various TPIs composites for the 

present study, there is no void in the yarns, so the 
VaRTM was applicable to mold the structures for 
the natural fiber composites.  Additionally, the 
resin flow velocity increases with increasing TPI 
because the capillary pressure due to the dense 
structure of fibers becomes the predominant force 
for tow impregnation.  That is, the resin flow 
velocity in yarns depended on TPI of yarns. 

 
2. The mechanical properties also depended heavily 

on TPI of yarns.  The tensile strength and Young’s 
modulus increase with decreasing TPI, while the 
fracture strain increases with increasing TPI 
because the mechanical properties depends on the 
twist angles.   

 
3. The TPI dependence on the resin flow velocities 

was valuable to design the natural fiber composite 
structure with a corner and branch-merge yarns 
molded by VaRTM.  The application examples of 
resin flow control and acceleration for design of 
natural fiber composite VaRTM structures were 
demonstrated.  Consequently, the void occurrence 
due to the resin impregnation lag was prevented as 
much as possible owing to arrange the TPI of yarns. 

 
4. The tensile properties of various parallel laminae 

using some kinds of TPI yarns were investigated.  
Consequently, it was indicated that the whole final 
failure under tensile loading of parallel laminae 
was controlled by the failure of 1.5 TPI line.  It 

was found that the arrangement of low TPI lines to 
inside bring the high tensile strength for the 
parallel laminae.   
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INTERNATIONAL CONFERENCE ONCOMPOSITEMATERIALS 

1 Introduction  

Carbon fiber is a kind of new-style material with a 

series of excellent performances, such as high 

tenacity, high modulus, heat-resistance, corrosion 

resistance and so on [1, 2]. As a kind of reinforcing 

fiber of advanced material, carbon fiber and its 

composite are widely used in aerospace, weapon 

manufacture, national defense ， building trade, 

automobile parts and many other fields, and the 

composites’ interfacial properties have been the hot 

topics in related studies. The interface of composite 

plays a major part in transferring stress between 

reinforcement and resin matrix. Interfacial properties 

directly influence the overall properties of the 

composites [3, 4]. With the development of high 

performance T-series carbon fiber, T700, T800 will 

gradually replace T300 to become a new generation 

of universal carbon fiber for their better performance. 

Interface compatibility and interfacial bonding 

properties of fiber and resin have a major impact on 

the mechanical properties and applications of the 

composites.  

As one of the important factors to determine 

mechanical performance, IFSS measurement 

requires special micromechanical techniques as 

follows: single fiber fragmentation test [5, 6], 

single fiber micro-droplet test [7, 8] and micro-

indentation test [9, 10] etc. Compared with macro-

study on the interface, micromechanical tests have 

been developed with the advantage of intuition and 

convenience. One of the most important 

micromechanical tests, Single Fiber Fragmentation 

Test (SFFT), is focused on in this paper, because 

single fiber fragmentation test has become a 

widely used method for fiber strength and 

adhesion characterization under conditions 

closely approximate to those encountered in a 

real composite material [11-13]. So the study on 

interfacial compatibility of high performance carbon 

fibers reinforced composite has important practical 

significance. 

In this paper, the interfacial characterization by 

Scanning electron microcopy (SEM), Atomic force 

microscopy (AFM) and X-ray Photoelectron 

Spectrum (XPS) of two kinds of carbon fiber (AF 

and BF) were carried out. Single fiber tensile test 

(SFTT) was used to measure single fiber strength. 

By using the single fiber fragmentation test, micro-

interface property of AF/E-43 epoxy resin, BF/E-43 

epoxy resin and BF/LY-1 epoxy resin composites 

were investigated to reveal the relationship between 

surface characteristics and composites’ interfacial 

properties, and to supply steps to the matching of 

carbon fiber/epoxy resin composites. 

2 Experimental Method 

2.1 Materials 

The epoxy resin E-43 and LY-1 used in this paper 

were supplied by Dong Nan Chemical Research 

Institute, polyacrylonitrile based carbon fibers (AF 

and BF) in the experiment were commercially 

provided. In order to discuss the influence of sizing 

on the surface appearance or the composite interface, 

the sizing agent on carbon fiber surface was 

extracted with Soxhlet Extractor [14]. The carbon 

fiber desizing treatment was performed in acetone in 

80℃ for 12 hour, and then the fiber was dried in 70℃ 

in the oven. 

2.2 Scanning electron microcopy (SEM) test 

The SEM images of carbon fibers were 

characterized by a ZEISS SUPRA 55VP field 

emission scanning electronic microscopy. 

2.3 Atomic force microscopy (AFM) test 

Atomic force microscopy (AFM) measurements 

were performed with a Veeco D3000 instrument 

manufactured by VEECO Corporation. A single 

carbon fiber was fastened to a steel sample mount 

with double sided tape. All images were collected in 

air using the tapping mode with a silicon nitride 

probe. Roughness analysis was carried out from the 

images obtained over a 3 μm×3μm area. 
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2.4 X-ray Photoelectron Spectrum (XPS) test 

The carbon fibers were analyzed using a Thermo 

VG ESCALAB250 X-ray photoelectron 

spectrometer (XPS). The spectra were collected 

using a Mg Ka X-ray source (1253.6 eV) with a 

power of 300 W.  

2.5 Single fiber fragmentation (SFF) test 

For evaluation of the composite interface, SFF test 

was conducted. SFF specimen consists of a single 

fiber embedded in a resin matrix with dog-bone 

shape which was shown as Fig. 1. 

As specimen is loaded in tension, the fiber will be 

loaded through an interfacial shear stress transfer 

mechanism (shear-lag) [15]. The axial fiber stress 

increases from zero at the ends and assumes constant 

stress over its length. At a certain level of applied 

load, the fiber will fracture. If the loading is 

continued, the shear-lag mechanism will transfer 

load into the broken fiber and repetition of the 

failure process will occur until the remaining fiber 

fragments are so short that the shear stress transfer 

becomes insufficient to cause any further break [16]. 

This state is called break saturation, and the final 

fiber fragmentation length is referred to as the 

critical length LC. A stronger bond between fiber and 

matrix enables more transfer of load into the fiber 

which results in a shorter critical fragment length 

[17]. 

With the help of light microscope, the process in 

fragmentation test from stress loading to the break 

saturation was observed. When the specimen was 

loaded, the region around a fiber break exhibited a 

colored pattern between crossed polarizers, called 

birefringence [18]. This phenomenon was caused by 

shear stresses in the matrix [19].It was found that the 

distance of the adjacent break points would equally 

distribute between 1/2 Lc and Lc. As a result,  
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The distances of adjacent break points were 

measured as Li, the fixed parameters were gained 

after the fitting according to the Eq. (3). The average 

fragment length was calculated by the equation 

below: 
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Finally, the interface shear stress was calculated 

based on Kelly-Tyson equation [20]:  
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Which df is the fiber diameter, σf is the fiber strength. 

Lc is the critical fragment length, τ is the interface 

shear stress.  

3 Results and discussion 

3.1 The surface topography 

The SEM and AFM images of carbon fibers are 

shown in Fig. 2 and Fig. 3, respectively. The surface 

topography of AF studied appears to consist of 

grooves along the fiber axial direction; BF is 

opposite to the AF. SEM and AFM images 

consistently reveal that the sizing changes the 

surface topography on a microscopic scale. The 

sizing increases fiber surface smoothness. Increasing 

the fibers surface roughness could enhance the 

mechanical interlocking. Therefore, the smooth 

surface of the samples after sizing has negative 

effect on mechanical interlocking. 

Calculated by the software NanoScope Analysis, the 

results of the roughness analysis of sizing and 

desizing fibers are shown in Table 1. The results 

indicate that the surface roughness value (Ra) of the 

sizing and desizing AF are 41.3nm and 53.3nm, 

respectively, which is much higher than the sizing 

and desizing BF. The AFM images of sizing carbon 

fibers show a slight decrease in roughness compared 

to the desizing carbon fibers. The Ra for the sizing 

AF and BF decreased slightly from 53.3 nm to 41.3 

nm and from 16.7 nm to 12.4 nm, respectively, 

which means the desizing enhances the roughness of 

the fiber’s surface.  

3.2 The chemical characteristics of surface 

The surface composition of sizing and desizing 

carbon fibers was determined by XPS and the results 

are shown in Table 2. Values of the binding energy 

(BE) and the atomic concentration (AC) are listed 

for each photopeak. The sizing and desizing fiber 

surface is composed of carbon, oxygen, nitrogen, 

sulfur and silicon. Carbon and oxygen are the most 

abundant elements at the surface. Other elements 
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may be present, but only at atomic concentrations no 

more than 5%. Besides, the O/C rate of the sizing 

and desizing AF and the sizing and desizing BF 

present as 25%, 34% and 18%, 30%, respectively. 

Oxygen atoms on the carbon fiber presents active 

atom, it will improve the chemical activity of the 

carbon fiber, and make a great contribution to 

chemical bonding between carbon fiber and resin 

matrix [21, 22]. As the O/C rate of desizing carbon 

fiber presents higher, it can be concluded that 

desizing improves the chemical activity of the 

fiber’s surface. 

Fig.4 shows typical XPS C1s fitting curve spectra 

for sizing and desizing carbon fibers. The 

percentages of functional groups (C-OH or C-OR; 

C=O; COOH or COOR) on sizing and desizing 

carbon fibers were estimated from these fitting 

curves of C1s photopeaks and are listed in Table 3. 

Values of the binding energy (BE) and the percent 

contribution (PC) of each curve fitting photopeak to 

the total C1s photopeak are summarized in Table 3.  

The functional groups C-OH or C-OR and C=O 

were detected on all sizing and desizing carbon 

fibers, but the functional group COOH or a strongest 

bond COOR was only detected on the desizing BF. 

The percentage of functional groups containing 

oxygen decreased for sizing carbon fibers when 

compared to the desizing carbon fiber, because the 

carbon fiber had obtained surface treatment to 

increase amount of surface active functional groups 

containing oxygen before sizing in the carbon fiber 

production line. The covered sizing layer with less 

active functional groups containing oxygen on the 

carbon fibers will decrease numbers of the surface 

active sites. It is reasonable that the decreased 

functional groups containing oxygen on sizing 

carbon fibers are disadvantage to the fiber/matrix 

adhesion. It has been suggested that the surface 

treatment has more pronounced effect on improving 

the interfacial strength than the sizing in References 

[23-25]. 

3.3 Interfacial shear stress (IFSS) of the carbon 

fiber 

The IFSS results are shown in Table 4. The IFSS of 

sizing carbon fibers show a slight decrease 

compared to desizing carbon fibers. The IFSS for the 

sizing AF/E-43, sizing BF/E-43 and BF/LY-1 

decreased slightly from 102.55MPa to 91.97 MPa, 

from 49.84MPa to 49.18MPa and from 45.92 MPa 

to 28.35 MPa, respectively. The results indicate that 

desizing fiber has a stronger bond with the resin 

matrix, and also indicate that desizing AF has a 

strongest bond with the E-43 resin matrix.  

The interaction of interface between carbon fiber 

and matrix consists mainly of physical effects and 

chemical bonding. It is generally believed that the 

mechanical engagement is the most important 

physical effects in the interface. According to the 

results of SEM and AFM, desizing enhances the 

roughness of fiber surface, which benefits the 

mechanical engagement between fiber and resin. In 

the meanwhile, based on the results of XPS, desizing 

improves the chemical activity of fiber surface. With 

higher O/C rate, resin more easily reacts with active 

functional groups on desizing fiber surface to form 

chemical bonding. As are of greater physical and 

chemical bonding, desizing fiber has a stronger bond 

with the resin matrix, monofilament composite has 

higher IFSS. Therefore, all the results indicate that 

the desizing fibers have good interface compatibility 

with the resin compared to sizing fibers, and the 

desizing AF/E-43 has the strongest bond and best 

interface compatibility.  

The sizing for carbon fiber could serve a lubricant to 

prevent fiber damage during subsequent textile 

processing such as weaving and prepreg processing, 

while being compatible with the matrix resin and not 

obviously decreasing the fiber/matrix interface 

adhesion. 

3.4 Birefringence in the single fiber 

fragmentation test 

With strong interfacial bond, the fiber embedded in 

the sample breaks while tensile stress increases. If 

bonding of interface is strong enough to transfer 

stress, plastic deformation will occur in the matrix 

around fiber breakpoints. As a result, the matrix has 

different refractive index, and show a sharp X-type 

birefringence under the polarizing microscope. The 

birefringence images in the fragmentation test were 

shown as Fig. 5.  

A strong interface to transfer stress breakpoints 

surrounding matrix have different degrees of plastic 

deformation, resulting in a different refractive index, 

showing a sharp X-type birefringence under the 

polarizing microscope, as shown in Fig. 5(a) and Fig. 

5(b). When the interfacial adhesion is not strong 

enough, the energy released when the fiber breakage 

is difficult to cause the destruction of the matrix, but 

transferred to the interface along the fiber axis, 

causing the adjacent interface debonding. In Fig. 

5(e), the birefringences of BF/LY-1 monofilament 

composite are not in X-type but elongated along the 

fiber, and the distances of adjacent breakpoints are 
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longer, which indicates the debonding in the 

interface between BF and LY-1 resin. 

4 Results 

The results of this study revealed the relationship 

between surface characteristics and composites’ 

interfacial properties, and the following conclusions 

are made. 

 (1) The surface topography of AF studied appears to 

consist of grooves along the fiber axial direction; 

BF is opposite to the AF. According to AFM 

results, surface roughness value of both sizing 

and desizing AF are much higher than BF. 

Sizing fibers show a slight decrease in roughness 

compared to the desizing carbon fibers. 

(2) The O/C rate of the sizing and desizing AF and 

BF present as 25%, 34% and 18%, 30%, 

respectively. Desizing improves the chemical 

activity of the fiber’s surface. The percentage of 

functional groups containing oxygen decreased 

for sizing carbon fibers when compared to the 

desizing carbon fibers.  

(3) The IFSS for the sizing AF/E-43, sizing BF/E-43 

and BF/LY-1 decreased slightly from 

102.55MPa to 91.97 MPa, from 49.84MPa to 

49.18MPa and from 45.92 MPa to 28.35 MPa, 

respectively. As a result, desizing fiber has a 

stronger bond with the resin matrix, and the 

desizing AF/E-43 has the strongest bond and 

best interface compatibility. 

(4) In the single fiber fragmentation test, the samples 

of AF/E-43 show sharp an X-type birefringence. 

However, for the BF/LY-1, the birefringence is 

elongated, and the distances of adjacent 

breakpoints are longer. 

5 References 

[1] Song W, Gu A J, Liang G Z and Yuan L ―Effect of 

the surface roughness on interfacial properties of 

carbon fibers reinforced epoxy resin composites‖. 

Applied Surface Science, Vol. 257 No.9, pp 4069-

4074, 2011. 

[2] Pei Sun, Yan Zhao, Yunfeng Luo and Lili Sun. 

―Effect of temperature and cyclic hygrothermal aging 

on the interlaminar shear strength of carbon 

fiber/bismaleimide (BMI) composite‖. Materials and 

Design, Vol. 32, pp4341-4347, 2011. 

[3] Luo Y F，Zhao Y and Duan Y X. ―Surface and 

wettability property analysis of CCF300 carbon fiber 

with different sizing or without sizing‖. Materials 

and Design, Vol. 32 No.2, pp941-946, 2011. 

[4] Doan TTL, Gao SL and Mader E 

―Jute/polypropylene composites. I. Effect of matrix 

modification‖. Composites Science Technology, Vol. 

66, N0. 9, pp 52-63, 2006. 

[5]  Deng F, Lu W B and Zhao H B. ―The properties of 

dry-spun carbon nanotube fibers and their interfacial 

shear strength in an epoxy composite‖. Carbon, Vol. 

49, N0. 5, pp 1752-1757, 2011. 

[6] Bascom W D and Jensen R M. ―Stress Transfer in 

Single Fiber/Resin Tensile Tests‖. Journal of 

Adhesion, Vol. 19 No.3-4, pp219-239, 1986. 

[7] Nak S C and Joo E P. ―Fiber/matrix interfacial shear 

strength measured by a quasi-disk microbond 

specimen‖. Composites Science and Technology, Vol. 

69 No.10, pp1615-1622, 2009. 

[8] Kang A K, Lee D B and Choi N S. ―Fiber/epoxy 

interfacial shear strength measured by the 

microdroplet test‖. Composites Science Technology, 

Vol. 69 No.2, pp245-251, 2009. 

[9] Penn L S and Lee S M. ―Interpretation of the force 

trace for Kevlar/epoxy single filament pull-out tests‖. 

Fibre Science Technology, 1982, 17 (2): 91–97. Vol. 

17 No.2, pp91-97, 1982. 

[10]  Nishikawa M and Okabe T. ―Micromechanical 

modeling of the microbond test to quantify the 

interfacial properties of the fiber-reinforced 

composites‖, International Journal of Solids and 

Structures, Vol. 45 No. 14-15, pp4098-4113, 2008. 

[11]  Johnson J C, Hayes S A and Jones F R. ―Data 

reduction methodologies for single fiber 

fragmentation test: Role of the interface and 

interphase‖. Composites Part A: Applied Science and 

Manufacturing, Vol. 40 No. 4, pp449–454, 2009. 

[12]  Wagner H D, Gallis H E and Wiesel E. ―Study of the 

iterface in kevlar49/epoxy composite by means of the 

microbond and fragmentation tests: effect of material 

and testing variable‖. Journal of Material Science,  

Vol. 28 No. 8, pp2238–2244, 1993. 

[13]  Herrera-Franco P J and Drzal L T. ―Comparison of 

methods for the measurement of fiber/matrix 

adhesion in composites‖. Composites, Vol. 23 No. 1, 

pp2–27, 1992. 

[14]  Zhang R L, Huang Y D and Li N. ―Effect of the 

concentration of the sizing agent on the carbon fiber 

surface and interface properties of its composites[J]. 

Journal of Applied Polymer Science, Vol. 125 No. 1, 

pp425–432, 2012. 

[15]  Botelho E C, Pardini L C and Rezende M C. 

―Hygrothermal effects on the shear properties of 

carbon fiber/epoxy composites‖. Journal Materials 

Science, Vol. 41 No. 21, pp7111–7118, 2006. 

[16]  Liu H X, Gu Y Z and Li M. ―Characterization of 

interfacial toughness in carbon fiber/epoxy resin 

composite subjected to water aging using single-fiber 

fragmentation method in an energy-based model‖. 

Polymer Composites, Vol. 33 No. 5, pp716–722, 

2012. 

[17]  Perez-Pacheco E, Moreno-Chulim M V  and 

Valadez-Gonzalez A. ―Effect of the interphase 

ICCM19 3000

http://apps.webofknowledge.com/OneClickSearch.do?product=UA&search_mode=OneClickSearch&colName=WOS&SID=3Cb3P9O1fMPGMlMI56F&field=AU&value=Perez-Pacheco,%20E
http://apps.webofknowledge.com/OneClickSearch.do?product=UA&search_mode=OneClickSearch&colName=WOS&SID=3Cb3P9O1fMPGMlMI56F&field=AU&value=Moreno-Chulim,%20MV
http://apps.webofknowledge.com/OneClickSearch.do?product=UA&search_mode=OneClickSearch&colName=WOS&SID=3Cb3P9O1fMPGMlMI56F&field=AU&value=Valadez-Gonzalez,%20A&ut=14304003&pos=%7b2%7d


 

5 

microstructure on the behavior of carbon fiber/epoxy 

resin model composite in a thermal environment‖. 

Journal of Materials Science, Vol. 46 No. 11, 

pp4026–4033, 2011. 

[18]  Greve L, Pickett A K and Payen F. ―Experimental 

testing and phenomenological modeling of 

the fragmentation process of braided carbon/epoxy 

composite tubes under axial and oblique impact‖. 

Composites Part B: Engineering, Vol. 39 No. 7-8, 

pp1221–1232, 2008. 

[19]  Park J M, Kong J W and Kim J W. ―Interfacial 

evaluation of electrodeposited single carbon 

fiber/epoxy composites by fiber fracture source 

location using fragmentation test and acoustic 

emission‖. Composites Science and Technology, Vol. 

64 No. 7-8, pp983–999, 2004. 

[20]  Kelly A and Tyson W R. ―Tensile Properties of 

Fiber-Reinforced Metals: Copper/Tungsten and 

Copper/Molybdenum‖. Journal of the Mechanics and 

Physics of Solids, Vol. 13 No. 6, pp329–350, 1965. 

[21]  Vautard .F, Fioux. P and Vidal. L. ―Influence of the 

carbon fiber surface properties on interfacial adhesion 

in carbon fiber–acrylate composites cured by electron 

beam‖. Composites Part A, Vol. 42, pp859-867, 2011. 

[22]  Lee. J. Y and Drzal. L. T. ―Surface characterization 

and adhesion of carbon fibers to epoxy and 

polycarbonate‖. International Journal of Adhesion & 

Adhesives, Vol. 25, pp389-394, 2005. 

[23] Park SJ and Kim MH. ―Effect of acidic anode 

treatment on carbon fibers for increasing fiber–matrix 

adhesion and its relationship to interlaminar shear 

strength of composites‖. J Mater Sci, Vol. 35, 

pp1901-1905, 2000. 

[24]  Ramanathan T, Bismarck A, Schultz E and 

Subramamian K. ―Investigation of the influence of 

acidic and basic surface groups on carbon fibers on 

the interfacial shear strength in an epoxy matrix by 

means of single fiber pull-out test‖. Compos Sci 

Technol , Vol. 61, pp599-605, 2001. 

[25]  Park SJ and Kim BJ. ―Roles of acidic functional 

groups of carbon fiber surfaces in enhancing 

interfacial adhesion behavior‖. Mater Sci Eng, A, Vol. 

408, pp269-273, 2005. 

 
 

 
Fig.1 The sample of SFF 
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(c)                                                           (d)  

Fig.2 SEM images of carbon fibers surface.  

(a) Sizing AF; (b) Desizing AF; (c) Sizing BF (d) Desizing BF  
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(b) 
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(c) 

 
(d) 

Fig.3. AFM images of carbon fibers surface. 

(a) Sizing AF; (b) Desizing AF; (c) Sizing BF (d) Desizing BF  

 

Table 1 The roughness of carbon fiber surface 

fiber Ra(nm) 

Sizing AF 41.3 

Desizing AF 53.3 

Sizing BF 12.4 

Desizing BF 16.7 
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(a)                                                                       (b) 

 
(c)                                                                       (d) 

Fig.4. Curve fitting C1s photoelectron peaks of carbon fibers. 

(a) Sizing AF; (b) Desizing AF; (c) Sizing BF (d) Desizing BF  

 

Table 2 Surface chemical analysis of XPS results 

fiber C 1s O 1s N 1s S 2p Si 2p O/C 

B.E. 

(eV) 

A.C. 

(%) 

B.E. 

(eV) 

A.C. 

(%) 

B.E. 

(eV) 

A.C. 

(%) 

B.E. 

(eV) 

A.C. 

(%) 

B.E. 

(eV) 

A.C. 

(%) 

Sizing AF 
285.0 74.73 532.7 19.03 400.2 3.03 168.5 0.85 102.3 2.36 0.25 

Desizing 

AF 
285.0 69.36 532.9 23.39 400.6 3.28 169.5 0.74 102.4 3.23 0.34 

Sizing BF 284.8 83.76 532.8 14.70 400.1 0.63 - - 102.2 0.69 0.18 

Desizing 

BF 

284.8 74.44 533.0 21.90 401.1 0.52   102.4 3.14 0.30 

 

Tab 3 XPS C1s curve fitting results of sizing and desizing carbon fibers 

 

fiber 

-C-C- or –C-H- -C-OH or –C-OR -C=O -COOH or -

COOR 

B.E. P.C. B.E. P.C. B.E. P.C. B.E. P.C. 

(eV) (%) (eV) (%) (eV) (%) (eV) (%) 

Sizing AF 285.0 62.12 286.5 20.10 287.0 17.78 — — 
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Desizing AF 285.0 57.94 286.5 30.05 287.3 12.01 — — 

Sizing BF 284.8 70.84 286.4 23.23 287.3 10.93 - - 

Desizing BF 284.8 53.71 286.5 37.53 287.8 6.85 290.4 1.91 

 
Table 4 The IFSS results in SFF test 

fiber/resin IFSS(MPa) 

Sizing  AF/E-43 91.97 

Desizing AF/E-43 102.55 

Sizing BF/E-43 49.18 

Desizing BF/E-43 49.84 

Sizing BF/LY-1 28.35 

Desizing BF/LY-1 45.92 

 

 

(a)  

 
(b) 

 
(c) 

 
(d) 

 
(e) 
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(f) 

Fig. 5 Birefringence images in the fragmentation test(magnification: 50) 

(a) Sizing AF/E-43; (b) Desizing AF/E-43; (c) Sizing BF/E-43;  

(d) Desizing BF/E-43; (e) Sizing BF/LY-1; (f) Desizing BF/LY-1 
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Abstract 

In this work, we examine a self-folding material 

system that consists of an active laminate including 

two outer layers of thermally-actuated shape 

memory alloy (SMA) separated by a compliant 

passive layer. Localized SMA actuation enables 

control of the local Gaussian curvature anywhere in 

the sheet, allowing the initially planar laminate sheet 

to reconfigure into a 3D structure. The laminate 

extends the “programmable matter” concept since it 

can be formed and reconfigured in three dimensions 

without external manipulations. Two designs have 

been considered for the self-folding laminate sheet: 

one design proposes pre-strained thin SMA films for 

the outer layers of the laminate while the other 

proposes meshes of pre-strained SMA wires for such 

layers. The folding performances of these two 

designs are compared via finite element simulations.  

The results show that the mesh-based design 

provides tighter folds at any orientation than the 

film-based design for the same amount of volume-

specific applied power. The mesh-based design 

shows other attractive qualities such as lower 

laminate density, less difficult SMA pre-straining 

process, and reduction of negative effects due to heat 

transfer between the SMA layers. However, the 

film-based design provides the advantage of a 

homogeneous and isotropic folding performance 

unlike the mesh-based design, where the folding 

performance depends on orientation and location of 

the heating zone.  

 

 
1  Introduction  

Numerous engineering devices and structures have 

been inspired by the art and theory of origami. 

Origami-inspired structures may offer advantages 

such as the capability of the structures to be folded 

into compact forms for storage (e.g., solar arrays, 

space structures, and air bags), reduced 

manufacturing complexity, and the potential for 

structures to be reconfigurable. Existing applications 

of origami engineering include: architectural 

structures [1], several space structures [2], self-

deployable stents [3], foldcore-based composites for 

enhanced mechanical properties and impact 

resistance behavior [4, 5], and origami-based 

manufacturing of three-dimensional microstructures 

and nanostructures [6]. 

Material systems with self-folding capabilities are of 

special interest in origami engineering. A self-

folding material system can perform folding 

operations without manipulations from external 

forces. Self-folding is necessary in circumstances 

where it is impractical to exert external 

manipulations to generate the desired folds (e.g., at 

large scales, or in remote applications such as space 

or underwater systems). Previous examples of self-

folding material systems include the “programmable 

matter” demonstrations [7], potential biomedical 

devices [8] and microelectromechanical systems [9] 

that fold due to surface tension and/or biochemical 

stimuli, and polymer sheets that generate local folds 

activated by light absorption [10]. 

One approach to the design of self-folding material 

systems is to leverage the multifunctionality of 

certain materials (e.g., active materials) to generate 

forces and displacements via non-mechanical 

applied fields. Active materials can provide 

considerable motion when stimulated by imposed 

fields. For instance, shape memory alloys (SMAs) 

are metallic alloys that undergo solid-to-solid 

reversible phase transformations induced by 

temperature and stress fields and during which they 

can provide uniaxial strains of 5-10% [11]. 
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This work considers a particular kind of active 

composite incorporating SMAs [12]. Specifically, 

we consider the localized actuation of a thin 

laminate sheet composed of layers of active and 

traditional materials to achieve self-folding 

behavior. The outer layers of the laminate are 

composed of active shape memory alloy (SMA) 

while the inner layer is composed of a compliant 

passive material. Layers of SMA on both faces of 

the laminate allow folds in both the positive and 

negative directions relative to the laminate normal. 

In the current design, self-generated folds are 

created by localized SMA actuation, which enables 

control of the Gaussian curvature anywhere in the 

laminate, allowing the initially planar laminate to 

reconfigure into a 3D structure. Moreover, due to the 

reversible nature of the martensitic phase 

transformation in SMAs, all folds are reversible, 

meaning that the system is entirely reprogrammable. 

Self-construction of useful 3D static and locomotive 

devices and structures at remote locations from 

initially compact planar sheets is one of the potential 

applications for structures composed of this 

laminate. Schematics of such applications are 

presented in Fig. 1. 

The goal of this work is to analyze and compare the 

folding performance of two designs for the proposed 

self-folding laminate. One design considers the outer 

layers of the laminate to be composed of pre-

strained SMA films [12] while the other considers 

the outer layers to be composed meshes of woven 

pre-strained SMA wires [13]. The two considered 

designs are described in Section 2. Section 3 

contains a description of the design parameters that 

define the self-folding laminate. The analysis 

methods and tools are described in Section 4. 

Section 5 presents the results and discussion, and 

Section 6 contains the conclusions.  

 

2 Design Options for SMA-based Self-Folding 

Laminates 

The general design concept of an SMA-based self-

folding laminate consists of three thin layers. The 

outside layers have been proposed to be thin films of 

pre-strained thermally-activated SMA material [12] 

or meshes composed of woven pre-strained SMA 

wires [13]. The two design options are illustrated in 

Fig. 2. The outer active layers are separated by a 

thermally insulating but compliant material such as 

an elastomer. The function of the SMA outer layers 

is to provide actuation that generates local bending 

of the laminate, which creates the folds. The side of 

the laminate being heated determines the direction of 

the fold. Unless restricted mechanically, the 

laminate will return to its initially flat configuration 

once the SMA cools. 

It was shown in a previous work that the SMA film-

based laminate design can achieve reprogrammable 

self-folding behavior [12]. Nevertheless, it was also 

observed that unintended heat transfer between the 

two SMA layers could work against the folding 

operations. Other problem expected with the film-

based design option is the difficulty of pre-straining 

the SMA thin films homogeneously during 

fabrication. 

The mesh design consists of two orthogonal sets of 

parallel SMA wires. Several options exist for the 

installation of the SMA meshes relative to the other 

in terms of relative translation and angle. The 

aligned-staggered mesh design is considered in this 

work [13]. In this design, the meshes are co-oriented 

but offset by one half period in the two planar 

coordinates as shown in Fig. 2. This design is 

effective in reducing the effects of undesired heat 

Fig. 1. Potential applications of the SMA-based 

self-folding laminate: (a) locomotion by worm-

like walking; (b) locomotion by rolling; (c) and 

(d) examples of self-constructed 3D structures 

via active folding operations. 

(a) (b) 

(c) 
(d) 
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transfer between the SMA layers that could work 

against the folding operation [13].  

It should be noted that an SMA material can provide 

its maximum recoverable uniaxial strain magnitude 

(denoted H) in a wire form. Such material can also 

provide bi-direction strain in film form; however, 

due to the constraints of nearly isochoric response 

[11], with a maximum balanced in-plane magnitude 

of H/2. 

 
 

3 Parameterization of the Designs 

Schematics of the geometric parameters of the two 

designs are presented in Fig. 3 [13]. The thickness of 

the SMA layers,   , is considered a fundamental 

geometric parameter. Two non-dimensional 

parameters based on    are also defined in this 

study: the heating factor (  ) and the wire spacing 

factor (  ). Those two parameters are given by the 

following expressions: 

   
  
  

 (1) 

   
 

  

 
(2) 

 
where   

 
is the length of the zone in which power is 

applied and   
is the distance between the centers of 

two parallel adjacent wires (this parameter only exist 

for the mesh-based design). A final geometric 

parameter is the thickness of the elastomer layer, 

defined as    . 
In addition to the choice of geometric parameters, 

the power history applied to the SMA must be 

defined. The total power applied to the wires is 

defined by the symbol  ̂ . The homogeneous 

volume-specific heat source applied to the wires 

( ̂ ) is calculated using Eq. 3. 

SMA Film 

(Top) 

Pre-strain=H/2 
(two directions) 

SMA film 

(Bottom) 

Elastomer 

(Middle) 

FILM DESIGN 

Elastomer 

MESH DESIGN 

SMA mesh 

(Top) 

SMA mesh 

(Bottom) 

Pre-strain=H 
(all wires) 

  

Fig. 2. Schematics of film and mesh design for 

SMA-based self-folding sheets. 
Fig. 3. Schematics of film and mesh design for 

SMA-based self-folding sheets showing 

geometric parameters. 

SMA  
Heated region 

Elastomer 

𝑙  

𝑡𝑒𝑙  

𝑠 

Folding 

line 

𝑙  

𝑡𝑤  

𝑡𝑒𝑙  

Folding 

line 

𝑡𝑤  

FILM DESIGN 

MESH DESIGN 
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 ̂  
  

  

 
(3) 

 
where   

 
is the total volume of the wires located 

inside the heating zone. The thermal load profile is 

shown in Fig. 4. The volume-specific heat source 

increases smoothly from 0% to 100% (full power) 

during 1 second. Subsequently, 100% power is held 

constant for the rest of the heating period. Values for 

the design parameters used in this study were 

obtained from a previous optimization study [14]. 

The optimization consisted in determining what 

values for the design parameters provide the 

“tightest” fold possible subjected to stress and 

temperature constraints. The model used for 

optimization considered a fold generated by heating 

a region aligned with the meshes containing a single 

period of SMA wires in a mesh-based self-folding 

sheet [14]. The values of the design parameters are 

presented in Table 1. 

 

 
 

Table 1.Values for the geometric and power input 

parameters [14]. 

Parameter Value* 

   0.49 mm 

   13 (mesh design only) 

    0.2 mm 

 ̂  0.0883 W/mm
3
 

*These values were determined for      .  

 

 

The output parameter considered in this study is the 

folding angle (  ). Folding angle   is the angle 

between two line segments stretching from the fold 

apex to the free ends of the sheet. A value of   equal 

to 180° corresponds to no fold (flat sheet) while a 

value of   equal to 0° corresponds to full fold. A 

schematic of the self-folding laminate geometry 

defined by   is shown in Fig. 5. 

 
4 Analysis 

The analysis described herein follows the framework 

summarized in detail elsewhere [15], though here we 

do not utilize the simulation process management 

tools. 

 

4.1 Material Properties 

The elastomer is assumed to be linearly elastic and 

nearly incompressible. The elastomer material 

properties are presented in Table 2. The SMA 

material properties used in this analysis are given in 

Table 3 and are associated with the 

thermomechanical constitutive model proposed by 

Lagoudas and coworkers [16]. Note these properties 

represent information from a number of scattered 

and informal sources, and though approximately 

correct for some materials, will require further 

investigation prior to more detailed design studies. 

 

 
Table 2.Elastomer material properties assumed for 

the analysis of the self-folding sheet.  

Property Value 

Density 3000 kg/m
3
 

(Elastic Properties) 

Elastic modulus (   ) 0.1 GPa 

Poisson’s ratio (   ) 0.45 

(Thermal Properties) 

Conductivity 0.15 W/(m K) 

Specific heat 141 J/(kg K) 

 

Time 

(seconds) 
1 0 

Applied power 

0 

Maximum 

power 

Fig. 4. Smooth thermal load profile. 

5 

Fig. 5. Geometry of the folded laminate. 

 

 

𝜃   
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4.2 Models 

The film-based design will generate folds of equal 

quality regardless the orientation of the heating zone 

due to isotropy in the laminate plane. However, the 

mesh-based design does not have this property. For 

this reason, a number of cases are considered for the 

mesh-based design in regard of the orientation of the 

heating zone with respect to the mesh alignment. 

The cases are presented in Fig. 6. For the mesh 

design, an aligned fold (0° angle between desired 

fold line and SMA mesh orientation) and angled 

folds of 15°, 30°, and 45° are analyzed. The 45° 

angled fold is considered in terms of two sub-cases: 

one in which the intersections of the wires are 

centered inside the power application zone 

(Intersection heating, Fig. 6d) and another in which 

the power application zone is centered at the middle 

of the wire intersections (midspan heating, Fig. 6e). 

A single case for the film-design is considered (Fig. 

6f). 

A schematic of the model dimensions and boundary 

conditions is presented in Fig. 7. A square sheet with 

50 mm sides is utilized in this study. Displacement 

constraints are applied to the sheet to prevent free 

body motion. The rectangular zone containing the 

heated wires has a width of 10   and is centered 

Table 3.SMA material properties assumed for the 

analysis of the self-folding sheet. Properties are 

associated with the model of [16]. 

Property Value 

Density 6450 kg/m
3
 

(Thermoelastic Properties) 

Elastic modulus of austenite (  ) 70 GPa 

Elastic modulus of martensite (  ) 30 GPa 

Poisson’s ratio (     ) 0.33 

Thermal expansion coefficient ( ) 0 

(Phase Diagram Properties) 

Martensitic start temperature at zero 

stress (  ) 293 K 

Martensitic finish temperature at 

zero stress (  ) 283 K 

Austenitic start temperature at zero 

stress (  ) 303 K 

Austenitic finish temperature at zero 

stress (  ) 313 K 

Stress influence coefficients 

(       10 MPa/K 

(Transformation Strain Properties) 

Uniaxial transformation strain ( ) 5.0% 

(Smooth Hardening Properties) 

Hardening coefficients 

(           ) 0.8 

(Thermal Properties) 

Conductivity 10 W/(m K) 

Specific heat 320 J/(kg K) 

Fig. 6. Location of the heating zone for all the 

cases considered: (a) Aligned fold, (b) 15° 

angled fold, (c) 30° angled fold, (d) 45° angled 

fold with heating zone centered at wire 

intersections, e) 45° angled fold with heating 

zone centered between wire intersections, and 

(f) Film-design fold. 

 

 

 

 

 

 

 

(a) (b) 

(e) 

(c) (d) 

(f) 
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along one centerline of the sheet. The initial 

temperature for all the simulations is 280 K. 

All the models have equal volume-specific heat 

source ( ̂  
 
for the SMA regions located inside the 

heating zone. The total applied power   
 
 for each 

case is calculated using Eq. 3. The values of   
 
for 

the considered cases are presented in Table 4. Note 

that the total power required for the film-design fold 

is an order of magnitude higher than the power 

required for the mesh-design folds. 

 

 

 
4.3 Finite Element Analysis 

The combined thermomechanical response of the 

heated laminate is assessed using a sequentially 

coupled approach, where the results of a purely 

thermal problem considering heat transfer are 

mapped onto a purely mechanical model providing 

folding deformation results. This clearly accounts 

for the influence of temperature on deformation but 

not the inverse. Unfortunately, due to the strong 

thermomechanical coupling inherent in SMAs, this 

is not an optimal approach to the current analysis 

problem. However, the mechanical and heat transfer 

processes are separated in this study due to the 

unavailability of coupled heat transfer– 

dynamic/implicit processes in Abaqus [17]. 

The first analysis corresponds to a heat transfer 

simulation with no deformations involved. In this 

analysis, power is applied as a body heat source in 

the regions shown in Fig. 6 using the thermal load 

profile shown in Fig. 4. The temperature field on the 

entire model is recorded at various points in time 

during the 5 seconds of the heating process. The 

temperature field is tracked by recording the local 

temperatures at the nodes of each element in the 

models. In this analysis, the elastomer sheet is 

modeled using DC3D20 elements (20-node 

quadratic heat transfer brick [17]), and the SMA 

regions are modeled using DS8 elements (8-node 

heat transfer quadrilateral shell). Regarding the 

mesh-based design cases, since the wires are 

modeled using shell elements, they are assumed to 

have squared cross-sections. Furthermore, the SMA 

meshes assumed to be continuous at the wire 

intersections (i.e., three dimensional effects of wire 

weaving at the intersections of the wires are 

neglected). These two assumptions (square wires, 

planar intersections) are compatible with a 

manufacturing option in which the SMA meshes are 

laser-cut from a thin film. 

The second analysis is a dynamic implicit simulation 

of the fold operation. The temperature field obtained 

from the heat transfer analysis is inputted in this 

simulation as a predefined temperature field. In this 

analysis, the elastomer sheet is modeled using 

C3D20R elements (20-node quadratic brick, reduced 

integration), and the SMA regions are modeled 

using S8R elements (8-node doubly curved thick 

shell, reduced integration). The usage of thick shell 

elements to model the SMA regions reduces the run 

time of the simulations compared to the usage of 

three-dimensional elements while capturing the 

essential bending and uniaxial responses accurately. 

 

5 Results and Discussion 

The evolution of   with respect to time for the 

studied cases is presented in Fig. 8. The simulations 

for the 15° angled fold, the 30° angled fold, and the 

45° angled fold with intersection heating stopped 

 

Table 4.Total applied power for all cases.  

Model   
 
 [W] 

Aligned fold 0.8416 

15° Angled fold 1.5634 

30° Angled fold 1.5546 

45° Angled fold (intersection heating) 1.7048 

45° Angled fold (midspan heating) 1.5193 

Film-design fold 10.6911 

Fig. 7. Dimensions and boundary conditions for the 

finite element model (45° angled fold example). 

 
Heated region 

 Y 

X 

Z 

Fixed in Y and Z 

directions 
Fixed in X, Y and Z 

directions 

Fixed in Z 

direction 
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before reaching the defined full heating time of 5 

seconds. This is due to lack of convergence in the 

iterative solver caused by local structural 

instabilities, especially at the sheet edges. In the 

future, an explicit implementation of the SMA 

model will be utilized along with an explicit global 

solver to avoid this. Such an approach will eliminate 

convergence issues completely, thought at the 

expense of local solution accuracy at the wrinkled 

regions.  

Configurations of the folding sheets for all the 

considered cases are presented in Figs. 9–14, where 

temperature and martensitic volume fraction 

contours are clearly shown. The deformation scale 

factor is set to 2 to better highlight the folding 

behavior.  None of the mesh-based design cases 

showed folding angle reversal before the heating 

step ended or the solution failed to converge. This 

provides evidence that the staggered mesh 

configuration prevent the problem of heat 

conduction from one layer of SMA wires to the 

other, which would result in undesired actuation of 

the unheated mesh of SMA wires. Unfortunately, 

this is not the case for the film-based design, which 

shows a folding reversal approximately after 4 

seconds of heating time. 

 
Fig. 8. Evolution of   with time for the considered 

cases. 

 
Fig. 9. Configurations of the aligned fold case 

during the folding maneuver. Final configuration 

corresponds to the end of the analysis (t = 5 out of 5 

seconds total). The contour plots show temperature 

and martensite volume fraction. 

 

 

It should be noted that the folding angle at the end of 

the heating step or at the time when the solution 

failed to converge is lower for all the mesh-based 

design cases than for the film-based case. This 

shows that the mesh-based design is able to provide 

higher quality folds than the film-based design for 

the same amount of volume-specific applied power. 

Furthermore, the power required for the mesh-based 

design cases is approximately an order of magnitude 

155
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lower than the power required for the film-design 

case as shown in Table 4.  

The two cases for 45° angled folds have a better 

folding performance than the aligned fold. 

Nevertheless, their folding maneuver requires about 

the double of the power required by the aligned fold 

(see Table 4).  

Difference in the performance of the two 45° angled 

fold cases indicates that for the mesh-based design, 

folding performance not only depends on orientation 

of the heating zone but also on its location. 

The obtained folds, while not having a folding angle 

near 0°, allow for the creation of lower   forms by 

the implementation of multiple folds [14]. 

 

  

 

Temperature [K] 

370 280 325 

Martensite Volume Fraction 

1 0 0.5 

 
x 

z 

Deformation 

scale factor: 2 

Fig. 10. Configurations of the 15° angled fold 

case during the folding maneuver. Final 

configuration corresponds to the end of the 

analysis (t = 2 out of 5 seconds total). The 

contour plots show temperature and martensite 

volume fraction. 

example). 

Temperature [K] 

370 280 325 

Martensite Volume Fraction 

1 0 0.5 

 
x 

z 

Deformation 

scale factor: 2 

Fig. 11. Configurations of the 30° angled fold 

case during the folding maneuver. Final 

configuration corresponds to the end of the 

analysis (t = 1.8 out of 5 seconds total). The 

contour plots show temperature and martensite 

volume fraction. 

example). 
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6 Conclusions 

In this study, the performance of two designs for 

SMA-based self-folding laminate sheets was 

compared via finite element simulations.  The 

laminate consisted of two layers of thermally-

actuated SMA separated by a compliant elastomer 

layer. In the film-based design, the outer layers are 

homogeneously pre-strained SMA films. The mesh-

based design considers the outer layers to be 

composed of two orthogonal sets of parallel pre-

strained SMA wires. Additional features for the 

mesh-based design are the location and orientation 

of the two SMA layers relative to each other. In this 

work only the staggered mesh-based design was 

Temperature [K] 

370 280 325 

Martensite Volume Fraction 

1 0 0.5 

 
x 

z 

Deformation 

scale factor: 2 

Fig. 12. Configurations of the 45° angled fold 

case during the folding maneuver. The heating 

area in this case is centered at the wire 

intersections. Final configuration corresponds to 

the end of the analysis (t = 4.4 out of 5 seconds 

total). The contour plots show temperature and 

martensite volume fraction. 

example). 

Temperature [K] 

370 280 325 

Martensite Volume Fraction 

1 0 0.5 

 
x 

z 

Deformation 

scale factor: 2 

Fig. 13. Configurations of the 45° angled fold 

case during the folding maneuver. The heating 

area in this case is centered between wire 

intersections. Final configuration corresponds to 

the end of the analysis (t = 5 out of 5 seconds 

total). The contour plots show temperature and 

martensite volume fraction. 

example). 
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considered, where the meshes of SMA wires are co-

oriented but offset by one half their periodicity in 

both planar directions. The choice of such design 

was made based on results from a previous work 

[14]. Table 5 presents a comparison of different 

aspects between the two designs. 

 

 

 

 

 

 

 

Table 5. Comparison between the studied laminate 

designs. 

Aspect Film design Mesh design 

Pre-straining More difficult. 

Requires 

homogeneous 

and two-

dimensional 

pre-strain of 

the SMA films 

Less difficult. Pre-

strain of the wires 

is unidirectional. If 

meshes are laser-

cut from a film, 

pre-straining may 

become difficult 

Installation Less difficult. 

Requires 

bonding of 

three laminae 

More difficult. 

Requires the 

construction of 

uniform meshes of 

SMA wires. This 

problem could be 

eliminated if 

meshes are laser-

cut from a film 

Power 

requirements 

High Low  

Recoverable 

transformation 

strain 

    at any 

given 

direction 

  in the directions 

of the wires 

alignment 

Local folding 

performance 

Isotropic and 

homogeneous 

Polar symmetry of 

90°. Depends also 

in the location of 

the heating zone 

Heat transfer 

issues 

Largely affect 

the folding 

performance 

Reduced by the 

adoption of the 

staggered mesh 

design 

Laminate 

density 

High Low 

 

The finite element simulations showed that the 

folding angle at the end of the heating step or at the 

time when the solution failed to converge was lower 

for all the mesh-based design cases than for the film-

based case. This indicated that the mesh-based 

design is able to provide higher quality folds than 

the film-based design for the same amount of 

volume-specific applied power.  

In the future, an explicit implementation of the SMA 

model will be utilized in a globally explicit and fully 

thermally coupled framework to analyze this 

mechanics problem. This approach will eliminate 

convergence issues at the expense of accuracy in 

wrinkled regions of the laminate.  In addition, future 

Temperature [K] 

370 280 325 

Martensite Volume Fraction 

1 0 0.5 

 
x 

z 

Deformation 

scale factor: 2 

Fig. 14. Configurations of the film design fold 

case during the folding maneuver. Final 

configuration corresponds to the end of the 

analysis (t = 5 out of 5 seconds total). The 

contour plots show temperature and martensite 

volume fraction. 
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work includes modeling of the thermomechanical 

behavior of the SMA meshes using effective lamina 

properties. Homogenization of the SMA meshes into 

an effective lamina will be performed for the 

purposes of computational efficiency and to exploit 

the tools of laminate plate theory for the modeling of 

this active composite. 

Based on the results from this work, we believe that 

it can eventually be possible to use this self-folding 

laminate sheet to develop reprogrammable self-

folding complex structures. 
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Abstract 

    Steel rebar has been used for hundreds of years as the reinforcement of concrete structures. But as the 

increasing special needs, non-magnetism, non-conductivity and non-corrosive for example, traditional 

concrete structure can’t satisfy the need of special facilities. The most effective way to solve the problem is 

the steel replacement by other ideal materials, such as fiber-reinforced-polymer (FRP) composites.  

    In this study, three kinds of ideal fiber with superior mechanical properties were used to braid in the 

same way into ropes, which would be made into rods after being impregnated, pushed and stiffed through the 

pultrusion process. 

    Mechanical properties including, tensile strength and maximum load were tested to check the quality 

level of the fabricated rods., The mechanical capacities of the three rods through same fabricate process are 

below expectation in this study. Further works of research should be made effect to do in the field of 

fundamental rope. 

     Keywords: rod; unsaturated resin; molding; mechanical properties 

 

1 Introduction 

Braiding has been used for making textile structure 

for thousand years such as ropes and shoelaces. 

Hundreds of braided products exist with the 

development of technology, including 

reinforcement for hydraulic hoses, electromagnetic 

shielding, shoelaces, sutures, mountain climbing 

ropes, braids of resorbable materials for medical 

applications, hydraulic hoses, tethers for offshore 

oil platforms, airbeams for tents, composite 

preforms for bicycle frames, skiis, skateboards and 

hockey sticks[1]. For the past few years, as a 

technological means for manufacturing preforms for 

composite structures, braiding has been drawing a 

great deal of attention[2-5]. At present braiding rods 

impregnated with unsaturated resin are used as 

reinforcement and also as tension cables of concrete 

structures in Japan. As reinforcement of concrete 

structures, instead of steel rebar, it has some special 

features such as non-magnetism, lightweight, 

non-conductivity and non-corrosive. Since it was 

used in the shape of braided rod as tension cables of 

PC bridge for the first time in 1990, it has been used 

for PC structures, such as floating bridges, girders, 

floor slabs and railway sleepers. And it has also 

been used for advanced research facilities which 

require non-magnetism and non-conductivity.  

Braided fabric is a great candidate for reinforcement 

of composite materials. Composite structure 

reinforced with braided fabrics has lots of 

advantages over other competing structures such as 

filament wound composites and woven [6]. The 

superior characteristic of braided composites is the 

continuity of the fiber bundles through the 

composite in any kind of shape. For this reason, 

every fiber can sustain applied load and this 

mechanism, consequently, brings about 

high-performance composites. On the other hand, 

braiding has a potential for use in continuous 
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manufacturing processes -- the braiding pultrusion 

process (BPP), for example. 

 

2 Material and Experiment 

2.1 Fiber and Unsaturated Resin 

In this study, three kinds of ideal fiber with superior 

mechanical properties, basalt fiber (produced by 

Zhejiang GBF Basalt Fiber Co., LTD.), carbon fiber 

(produced by WEI HAI TUO ZHAN CO., LTD.) 

and aramid fiber (produced from Dupont co.), were 

investigated and unsaturated polyester resin was 

used as matrix owing to its availability, low price, 

and high hardening activity. The specifications of 

the three kinds of fiber and the unsaturated resin are 

summarized in Table1. 

 

2.2 Braiding process 

As we all know, braiding method has been used for 

manufacturing textile structure for thousand years 

such as ropes and shoelaces. For the past few years, 

as a technological means for making preforms for 

composite structures, braiding has been drawing a 

great deal of attention. Braids can provide 

continuous bundle arrangement in the axial 

direction and can bear the axial loads with all the 

bundles [7]. Different braiding methods result in 

different cable structures leading to different 

mechanical properties.  

In this study, an traditional but useful technology 

was accepted and one kind of shape （Fig 1） 

manufactured by three materials, carbon fibers, 

aramid fibers and basalt fibers, was researched. This 

structure was created on braiding machine, where 

two sets of packages (spools or bobbins) on carriers 

move on a circular track with a similar sinusoidal 

oscillation, one set consisting of three groups of 

bobbins moving clockwise and the other three 

groups of bobbins counterclockwise, and driven by 

a circular spur gear train[1]. The moving trail of the 

bobbins illustrates in the Fig2. The clockwise 

moving packages and the counterclockwise moving 

packages interlace with each other. The formed 

braided rope is pulled through a guide hole and then 

rolled onto a motor-driven reel.  

 

     

       Fig.1.Double-six strands braiding rope model      Fig.2. Illustration of standard braiding process  

                               using horn gears 

 

The facades of the three braided ropes show in Fig3. 

The carbon and basalt rope with non-smooth 

surfaces have unstable braiding pitch. The broken 

fibers in the appearance of the rope can be seen 

easily. The hand handle is stiff and tight. On the 

other hand, the appearance of aramid rope is 

smoother than the other two ropes. However, the 

trace of each tow of fiber can be easily observed in 

the axial direction, which has tight relationship with 

the space between fiber bundles. 
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(a) The carbon rope 

 

(b) The basalt rope 

 

(c) The aramid rope 

Fig.3. The appearance of the ropes 
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2. 3 Braiding Pultrusion Process (BPP) 

The combination processes of braiding and 

pultrusion has been also named pull-braiding, 

braided-pultrusion and braidtrusion in different 

works [6]. Pultrusion is a continuous process for 

manufacture of composite materials with constant 

cross-section (Fig4). The process begins when ropes, 

which are braided in double-six braiding ways 

(Fig1), are pulled from a series of creels. The ropes 

proceed through a bath, where they are impregnated 

with unsaturated polyester resin. The 

resin-impregnated ropes are preformed to the shape 

of the profile to be produced. This composite 

material is then passed through a heated steel die 

that has been machined precisely to the final shape 

of the part to be manufactured. 

Heat initiates an exothermic reaction thus curing the 

thermosetting resin matrix. The profile is 

continuously pulled and exits the mould as a hot, 

constant cross sectional member. The profile cools 

in ambient or forced air, or assisted by water. The 

product emerges from the puller mechanical and is 

cut to the desired length by an automatic, flying 

cutoff saw [8]. Fig5 shows the finished specimens 

through the above process. 

 

Fig.4. Schematic illustration of pultrusion process  

 

3 Experimental testing 

The basic arguments of the specimens list in table.2, 

which include nominal diameters, cross section and 

unit mass. For measuring accurately, water gaging 

method was accepted to get the volume. Then the 

unit mass of the materials could be calculated 

precisely. Fig6 shows the process of the specimens 

during testing experiments.  

Several kinds of braided pultruded process (BPP) 

rods were investigated containing several sample 

types that qualified the effect of materials. 

 

 

 

Fig.5. The finished composite rods by the BPP process 
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(a) Mass measuring                  (b) Volume measuring 

Fig6. The measuring of the unit mass 

 

For measuring tensile strength, max load and other 

physical capabilities of manufactured rods, every 

kind of the three specimens was well prepared for 

tensile test. Each type of those rods was cut into 

pieces of 500 mm and two ends of all samples were 

reinforced by tailor-made collet (see Fig7) to 

increase the friction force and decrease the slippage 

during tensile test.

 
Fig.7. The specimens before testing 

 

4 Results and Discussions 

Figure.8 shows the specimens after tensile test. The 

table.3 shows the appearances and fundamental 

parameters of the ropes. The surfaces of the ropes 

are not smooth enough （see Fig.3）owing to the 

superabundant friction with the braiding machine 

and overlarge bending tensile force in the braiding 

machine. At the same time, all those non-ideal 

factors lead to the fracture of the fibers exposed in 

the surface of the ropes, which decrease the 

physical performances of the rope drastically. 

On the other hand, the unstable drafting force of the 

braiding machine contributes to the instability of the 

pitch of the braiding ropes, especially, the aramid 

ropes, the pitch range of which is from 131 to 169 

mm. 
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Table 4-6 show the fundamental geometry and 

mechanical arguments of various specimens. The 

average maximum tensile load of the three kinds of 

composite materials, carbon fiber, aramid fiber and 

basalt fiber composites, are 122.3kN, 95.8kN and 

98.5kN separately. The tensile strengths of the rods 

are 923 kN/mm
2
, 1508 kN/mm

2
 and 1176 kN/mm

2
 

respectively. Obviously, the mechanical properties 

of the carbon rods and the basalt rods are below 

expectation based on the present situation. On the 

other hand, the aramid rods meet the request of the 

theoretical load value, the excellent abrasive 

resistance and deflection are the most important 

factors for meeting the requirement. It is worth 

mentioning that the kelver fiber was produced from 

Dupont co., in this view, the quality of carbon and 

basalt fibers is another of the most important 

elements for which affect the mechanical properties 

of the rods. 

 
Fig.8. The specimens after testing 

 

From another point of view, the unstable drafting 

force and superabundant friction with the machine 

not only led to the non-ideal appearance quality, but 

also contributed to the brittle of the fibers, which 

brought defects of rope structure. Consequently, the 

mechanical properties of ropes were severely 

weakened. 

 

5 Conclusions 

In this study, three kinds of fibers were chosen as 

the reinforcement of the composite and unsaturated 

polyester resin was used as matrix. The ropes were 

braided in double-six braiding way and then the 

ropes were made into the tubes through the BPP 

process. 

The mechanical properties of the carbon rods and 

the basalt rods are below expectation. Even though 

the aramid rods meet the request of the theoretical 

load value, the material is made in Japan, which 

means the composite rods still have a long way to 

go in China. From the raw material to the braiding 

structure, plying method to forming process, the 

research of every step of the whole process needs to 

work on.  

From above work, we can see that it is hard to 

fabricate the composite rods with high properties as 

Japan’s under present conditions. The quality of raw 

material can’t improve by large percentage in the 

short-term. In this case, the first step of the future 

work is going to do some fundamental research on 

the braiding ropes.  
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Various braiding structures will be taken into 

considerations. Different braiding methods result in 

different cable structures leading to different 

mechanical properties. The double-eight strands 

braiding, for example, will be researched in details. 

Great attention should also be paid to the way of 

plying of the strands. Combination is going to be 

made in the braiding process or before the braiding 

process. The interstices between the yarns, which 

can be effected by the style of combination, have an 

effect on the properties of the ropes and the rods. 

 

Table.1 

Parameters of mechanical properties of ropes 

 

Table2.  

The arguments of the fabricated specimens 

Type Nominal diameter 

(mm) 

Cross section 

(mm
2
) 

Unit mass 

(m/g) 

Carbon 12.99 132.51 206.1 

Aramid 9.00 63.54 81.9 

Basalt 10.33 83.77 184.2 

 

Table.3 

Appearances and fundamental arguments of the ropes  

Number Raw material Mass(g/m) Pitch(mm) Core(mm) Appearance 

A Aramid 67.1 131-169 None Multiple loop, set pitch instability 

B Basalt 168.5 123-125 None Multiple loop, multiple broken filament,  

C Carbon 175.3 127-134 None Multiple broken filament 

 

Table.4 

The arguments of aramid rods  

 

Type 

Nominal  

diameter 

(mm) 

Cross  

section 

(mm
2
) 

Unit 

 mass 

(m/g) 

Max  

load 

(kN) 

Tensile 

 strength  

(kN/mm
2
) 

Specific ratio to the 

contrast strength  

(%) 

A-1  8.99 63.39 81.7 98.0 1,546 115 

A-2  9.02 63.84 82.2 100.0 1,566 118 

A-3 8.99 63.39 81.9 89.5 1,421 105 

Average  9.00 63.54 81.9 95.8 1,508 113 

 

 

 

Type 

Density 

 

(g/cm
3
) 

Moisture 

percentage 

(%) 

Tensile 

strength 

(MPa) 

Breaking 

elongation  

(%) 

Tensile 

modulus 

(GPa) 

Diameter 

 

（μm） 

Linear 

density 

（tex） 

Kevlar49 1.45 3.5 3000 2.4 112.4 - - 

Carbon 1.78 - 4100 1.72 238 6.9 796 

Basalt - < 0.100 - - - 9 800 
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Table.5  

The arguments of basalt rods  

 

Type 

Nominal  

diameter 

(mm) 

Cross  

section 

(mm
2
) 

Unit 

 mass 

(m/g) 

Max  

load 

(kN) 

Tensile 

 strength  

(kN/mm
2
) 

Specific ratio to the 

contrast strength  

(%) 

Ba-1  10.27 82.82 182.9 99.0 1,195 - 

Ba-2  10.36 84.28 184.5 92.0 1,092 - 

Ba-3 10.36 84.20 185.1 104.5 1,241 - 

Average  10.33 83.77 184.2 98.5 1,176 - 

 

Table.6 

The arguments of carbon rods  

 

Type 

Nominal  

diameter 

(mm) 

Cross 

section 

(mm
2
) 

Unit 

mass 

(m/g) 

Max 

load 

(kN) 

Tensile 

strength 

(kN/mm
2
) 

Specific ratio to the 

contrast strength  

(%) 

C-1 13.06 133.89 206.6 114.0 851 43 

C-2 12.92 131.13 204.5 132.0 1,007 50 

C-3 12.99 132.51 207.3 121.0 913 46 

Average 12.99 132.51 206.1 122.3 923 46 

 

 

References 

[1] Guangli Ma, David J. Branscomb, David G. Beale 

“Modeling of the tensioning system on a braiding 

machine carrier” Mechanism and Machine Theory  

46-61,2012. 

[2] Z. Huang “The mechanical properties of composites 

reinforced with woven and braided fabrics” Compos Sci- 

Technol, 60 (2000), pp. 479–498. 

[3] A. Harte “On the mechanics of braided composites in 

tension” Eur J Mech – A/Solids, 19 (2) (2000), pp. 

259–275. 

[4] Naik, RA “Failure analysis of woven and braided 

fabric reinforced composites” JOURNAL OF 

COMPOSITE MATERIALS 29(17) (1995): 2334-2363 

[5] MASTERS, JE; FOYE, RL; PASTORE, CM 

“MECHANICAL-PROPERTIES OF TRIAXIALLY 

BRAIDED COMPOSITES - EXPERIMENTAL AND 

ANALYTICAL RESULTS” 15(2) (1993): 112-122 

[6] M. S. Ahmadi, M. S. Johari, M. Sadighi, M. Esfandeh 

“An experimental study on mechanical properties of 

GFRP braid-pultruded composite rods” eXPRESS 

Polymer Letters Vol.3, No.9 (2009) 560– 568. 

[7] Makiko.Tada, Tadashi Uozumi, Asami Nakai, 

Hiroyuki Hamada “Structure and machine braiding 

procedure of coupled square braids with various cross 

sections”. Composites, Part A 32, 1485-1489, 2001. 

[8] Hiroshi saito, E.C.Chirwa, Ryuji Inai, Hiroyuki 

Hamada “Energy absorption of braiding pultrusion 

process composite rods” Composite Structures, 

407-417,2002. 

 

ICCM19 3025



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Abstract 

In the present paper, a flax fabric reinforced epoxy 

composites was applied to confine concrete 

cylinders for enhancement of the compression 

performances of the cylinders. Flax fiber reinforced 

epoxy composites were prepared and tested on their 

tensile properties. It was found that the flax 

reinforced composites in weft or warp directions 

show remarkable difference in the tensile properties. 

Compared to the unidirectional basalt fiber 

reinforced epoxy system, the flax based fiber 

reinforced polymer (FFRP) composites exhibited 

relatively lower tensile strength and modulus, but 

higher elongation at break, and the tensile strain ~ 

stress curves deviate from linearity. The 

compression strength and axial stain of the concrete 

cylinders confined with FFRPs were enhanced 

significantly. The FFRP confined concrete cylinders 

have much higher failure strain than those with 

basalt fiber reinforced polymer systems. The results 

indicated that the flax fabric can be used to confine 

concrete cylinders effectively.  

 

1 Introduction  

In recent years, natural fiber reinforcements as 

alternatives to glass or carbon fibers have been 

widely used in automobile, decoration and the other 

industry fields, due to the advantages such as low 

density, renewable resource usage, low cost, 

biodegradability etc. [1]. Among them, flax fiber is 

an attractive candidate because of their relatively 

higher mechanical properties [2]. Natural fibers have 

special chemical structures and their tensile stress ~ 

strain curves do not show linear characteristics. In 

view of this, the structures reinforced or 

strengthened with natural fibers are endowed with 

special performances. 

As known, the structural ductility and carrying 

capacity of a concrete cylinder (or column) can be 

enhanced effectively through confinement by glass- 

or carbon-fiber reinforced FRP composites [3]. In 

the present study, flax fabric reinforced epoxy wet 

layups were applied to confine plain concrete 

cylinders. The compression behaviors of the 

confined and un-confined concrete cylinders were 

tested. The effects of flax fabric layers, fiber 

orientation of the fabric were investigated.  

The aim of the study is to understand the 

compression performances of the concrete cylinders 

confined with flax fiber reinforced FRP (FFRP) 

sheets. The effectiveness of confinement by FFRP 

and basalt fiber reinforced FRPs were compared. 

The study will demonstrate the feasibility of the 

natural fiber reinforced FRPs used in structural 

strengthening, rehabilitation and upgrading.  

 

2 Experimental 

2.1 Raw materials  

A bi-directional flax fabric woven in warp and weft 

directions was supplied by Changli Textile Company 

(Harbin, China). The density of the flax fabric is 1.5 

g/mm
2
. The normalized thickness is 0.16 mm. A basalt 

fabric, supplied by Sichuan Aerospace Tuoxin Basalt 

Fiber Co. (Chengdu, Sichuan), was used for a 

comparison. The tensile strength, modulus and 

elongation at break of the basalt fibers are reported as 

2.7 GPa, 85.36 GPa and 3.7%, respectively. 

An epoxy system used for FRP composites is supplied 

by Fyfe Co. (California, USA). The basic properties of 

the resin are listed in Table 1. 
 

2.2 Preparation and mechanical test of NFRP 

composite samples 

Two-layer of flax fabric reinforced epoxy coupons 

were made by hand wet layup process. The fiber 

directions are carefully controlled, and the fiber 
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directions of the two layers of fabric are parallel. 

Based on the fiber direction, two kind of tensile 

samples were cut, one in warp direction and the 

other in weft direction. The width and length of the 

tensile samples are 15mm x 250mm.  
The tensile properties were tested according to ASTM 

D 3039 (Standard Test Method for Tensile Properties 

of Polymer Matrix Composite Materials), with an 

electronic universal tensile testing machine 

(WDW100D, Jinan Shijin Company, Jinan, China). 

The tensile rate is set as 2 mm/s with the gauge length 

of 150 mm. 

 

2.2 Preparation and compression test of NFRP 

confined concrete cylinders 

The flax fabric was wrapped on the concrete 

cylinders by hand wet layup process with the epoxy 

resin system (see in Table 1). Two layers of carbon 

fiber sheets wrapped on the ends of the flax fiber 

confined cylinders with 5 mm width to avoid the end 

damage. After the solidification of the epoxy resin, 

six strain gauges were pasted on the surface of the 

strengthened cylinder in the middle region. The 

wrapped concrete cylinder is shown in Figure 1. To 

measure the displacement of the middle part during 

compression, four LVDTs (linear voltage 

differential transducer) were applied as shown in 

Figure 2. 

In this paper, the cylinders wrapped with the flax 

fabric in warp direction are marked as N, followed 

by the number of fabric layers. NV represents the 

cylinders confined with the fabric in weft direction. 

Two repeat samples were conducted for each case. 
The cylinders were tested with a 500T hydraulically 

operated machine with the load speed of 0.25 MPa/s. 

 

3 Results and Discussion  

3.1 Tensile properties of FFRPs  

Figure 3 presents the tensile strain ~ stress curves of 

the pure epoxy resin, BFRP and FFRPs in weft and 

warp directions. Table 2 summarized the tensile 

strength, modulus and elongation at break of the 

mentioned samples.  
As shown, the NFRP coupons in warp direction 

exhibited lower strength and modulus, but higher 

elongation than that in weft direction. This is because 

the yarns in warp direction are waved rather than being 

straight. Under tension, therefore, the waved fibers are 

stretched, and thus the NFRP samples exhibit much 

higher elongation at break. Due to the same reason, the 

samples show lower strength and modulus. In addition, 

compared to the unidirectional BFRP samples, the 

bidirectional NFRP samples show much lower strength 

and modulus than BFRP. This can be attributed to the 

low mechanical property of the flax fabric, low fiber 

volume content, and the incompatibility between the 

polar fiber and nonpolar resin. 

It is worth noting that the strain ~ stress curves of 

the FFRP samples differ from the linearity. As 

indicated by the second stage (see in Figure 3), the 

modulus shows much reduced. 
Figure 4 shows the SEM micrograph of the transverse 

section of NFRP after tension failure. There is few 

resins attached on the fiber surfaces, indicating the 

weak bonding between the flax fiber and the epoxy 

resin matrix.  

 

3.2 Compression properties of the confined 

concrete cylinders  

As shown in Figure 5, strengthened cylinders under 

compression, similar to the synthetic fibers wrapped 

concrete cylinders, the stress - strain curves of the 

FFRP strengthened cylinders exhibits two stages. 

The tangent slope of stress-strain curve of FFRP 

strengthened cylinder of the first stage is almost the 

same as the plain and the synthetic fiber confined 

concrete cylinders. 

According to ACI 440.2R-08 (Guide for the Design 

and Construction of Externally Bonded FRP 

Systems for Strengthening Concrete Structures), the 

shape of the compression curve of the FFRP 

confined cylinder is closed to the heavily confined-

softening one’s. Though the conclusion is drawn by 

the synthetic fiber based composites, the invariable 

stress with increasing strain at the second stage 

suggested that the FFRP in hoop direction cannot 

provide enough confinement to the concrete 

cylinders. However, it is worth noting, the FFRP 

confined cylinders exhibits much higher deformation 

in the hoop directions, especially for the cylinders 

confined with FFRPs in warp direction. 

As shown in Figure 6, the failure mode of FFRP 

confined cylinders is different from other 
unidirectional materials reinforced ones. The wrapped 

NFRPs break in a straight line both in warp and weft 

directions. These properties of woven fabric were 

explained as “knee phenomenon” [4]. This means that 

the locally induced moment reduces loading capacity 
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3  

COMPRESSION PERFORMANCES OF CONCRETE CYLINDERS

CONFINED BY FLAX FIBER BASED FRP COMPOSITES 

and transverse cracking gives rise to successive failure 

process. For FFRP in warp, the existence of yarn in 

weft direction deteriorates the tensile properties since 

the weft fibers can be considered as flaws. The warp 

fibers show the similar effect for the mechanical 

properties of FFRPs in weft. Consequently, the rupture 

of structure happens along the vertical yarns as shown 

in Figure 6. 

The improvement of the wrapped concrete cylinders 

in compression strength can be expressed as 

following equations [5]:  

,

11
l acu

co co

ff
k

f f
= +

                                   (1a) 

,

21
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co co
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f

ε

ε
= +

                                   (1b) 

where k1 and k2 are defined as the coefficient of 

confinement and general considered as 3.3 for CFRP 

confined concrete, fcu, fco, εcu, εco and fla stand for the 

ultimate stress/strain of the confined/unconfined 

cylinders and actual confinement respectively. The 

equation to calculate fla recommended by Lam and 

Teng [3] with the equation below: 
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Where Efrp, εh,rup, t  are the mean modulus, ultimate 

stress and thickness of the wrapped materials, d is 

the diameter of the cylinder. 

There is another equation can be adopted to 

calculate fla: 

d

tf
f

frp

al

2
, =

                                     (3) 

where fla is the tensile strength of the wrapped FRP 

composites which is not equal to Efrpt for synthetic 

fiber materials. That is because the rupture stress of 

FRP jacket cannot reach the ultimate strength of 

coupon test. The conclusion was drawn by Lam & 

Teng [5] to confirm the actual confinement of FRP 

wrapped concrete. 

However, the results of coupon test reveal that the 

constitutive relationship of FFRP composite is 

different from CFRP or other synthetic fiber bonded 

FRP with linear properties. The rupture stress of the 

wrapped FRPs cannot reach the ultimate strength in 

eventual failure, which was found and confirmed by 

large rupture strain materials.  

As shown in Figure 5, the compression stress-strain 

curves have two-stages. In the second stage, the 

stress almost level off with the increase of the strain. 

That means the axial stress of strengthened cylinder 

achieves the ultimate strength and the strain may not 

reach the ultimate strain. In view of this, the 

appropriate calculation of the hoop confinement 

should use the ultimate stress rather than the strain. 

Besides, the accurate ultimate hoop strain is hard to 

get as reported frequently [6-8]. For FFRP 

strengthened cylinder in the present paper, the 

expression of fla is calculated following Eq. 3. 

As shown in Figure 7(a), the coefficient of 

confinement (k1, calculated following Eq.1(a)) of 

FFRP confined cylinder is larger than the results of 

prior researches which are mostly 3 to 4. In the 

present study, k1 of BFRP is 5.12, the value is a little 

larger than prior researches, yet less than the FFRP. 

The effective confinement of the natural fabric is 

larger than synthetic fabric. The probable reason is 

that the elastic modulus of FFRP is much lower than 

the synthetic fiber reinforced FRPs. Consequently, it 

is possible to coordinate the deformation of the 

wrapped FFRPs and confined concrete. At the same 

time, the large ultimate strain of FFRP improves the 

ductility of strengthened cylinder. 

As the coupon testes showed that the tensile 

properties of FFRP in weft direction are better than 

that in warp, the confinement effect of the NFRPs in 

weft direction are larger than weft. 

As shown in Table 3 and Figure 7(b), the 

enhancement of the ultimate stress (k2, calculated by 

Eq.1(b)) has no regular pattern with fla  as expected. 

This is because the ultimate elongation of FFRP is 

much larger than the deformation capacity of the 

concrete. The concrete in the core breaks before the 

wrapped FFRP reaches the ultimate strain. 

Another reason to account the characteristic of FFRP 

in axial ultimate strain is the efficiency in hoop 

deformation of wrapped material. For conventional 

FRP jacket, the secant modulus from coupon test is 

constant. The confinement of FRP can be calculated 

with modulus as a fixed value. That method was 

adopted for linear stress-strain materials and was 

found not suitable for FRPs with large deformability. 

Thus the efficiency of axial ultimate strain to rupture 

strain from coupon test is shown in Table 4, and it is 

much smaller than other LRS synthetic materials. 
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4 Conclusions  

Flax fabrics reinforced FRPs show different tensile 

behaviors in weft or warp directions. Compared to 

the unidirectional BFRP composite, FFRPs 

exhibited lower tensile strength and modulus, but 

higher elongation at break. The compressive strength 

and axial stain of the concrete cylinders confined 

with FFRPs were enhanced significantly. The FFRP 

confined concrete cylinders have much higher 

failure strain than those with BFRPs.  
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Table 1 The basic properties of epoxy resin used in the NFRP 

Basic property Index given by the producer 

Color  ≤90 Pt-Co 

Epoxy Equiv 184-200 g/mol 

Hydrolyzable Chlorine ≤0.5 % 

Inorganic Chlorine ≤0.018 % 

Volatile (150℃,40 min) ≤0.8 % 

Viscosity (25℃) 7000-18000 mPa·s 

 

Table 2 Tensile properties of resin, FFRPs and BFRP composites. 

 
Tensile strength  Modulus  Thickness  Elongation at break 

σ  (MPa) Efrp (GPa) t (mm) uε  (%) 

Resin 83.61 3.03 3.5 4.26 

FFRP in Warp 185 13.6 0.32 4.06 

FFRP in Weft 349.45 19.7 0.32 2.35 

BFRP 793.3 31.4 0.4 2.4 
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COMPRESSION PERFORMANCES OF CONCRETE CYLINDERS

CONFINED BY FLAX FIBER BASED FRP COMPOSITES 

Table 3 The compressive behavior of concrete cylinders wrapped with different types of FRPs. 

 Fcu (MPa) k Eo (GPa) εcu 

Plain 19.06 / 21.6 0.002 

N4 28.15 6.89 12.9 0.018 

N8 37.63 7.03 15.48 0.024 

N12 48.06 7.32 22.9 0.024 

BFRP 37.83 4.44 27.3 0.013 

NV4 33.47 5.46 13.54 0.012 

NV8 33.47 5.46 13.54 0.012 

 

 

Table 4 Rupture strain of the FRP sheet confined cylinders versus rupture strain of FRP coupons 

FRP type 
Coupon rupture 

strain 
Jacket rupture strain Efficiency factor 

N4 

0.0406 

0.0184 0.453 

N8 0.0241 0.593 

N12 0.0237 0.583 

BFRP 0.0176 0.0130 0.738 

NV4 
0.0235 

0.0120 0.510 

NV8 0.0160 0.681 
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Fig. 1. Concrete cylinders wrapped with NFRP 

sheets. Note: the ends were extra strengthened with 

CFRP. 

 

 

 

 
 

Fig. 2. Compression testing setup of NFR confined 

concrete cylinder. 
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Fig. 3. Tensile strain ~ stress curves of FFRP, BFRP 

and resin. 

 
 

Figure 4 SEM photos of fracture surface of 

FFRP tensile fracture surfaces.  
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Fig.5. The axial strain ~ stress curves of plain and confined concrete cylinders during compression. Note, N4, 

N8 and N12 indicate 4, 8 and 12 layers of FFRPs were used. 
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(a)                                                                                             (b) 

Fig. 6. Failure mode of NFRP strengthened concrete in warp direction (a) and weft direction (b) 

 

 

 

 

 

 

ICCM19 3033



 

9  

COMPRESSION PERFORMANCES OF CONCRETE CYLINDERS

CONFINED BY FLAX FIBER BASED FRP COMPOSITES 

0.1 0.2 0.3

0.5

1.0

1.5

 N4

 N8

 N12

 BFRP

 NV4

 NV8

fc
u
/f
c
o

fla/fco
 

(a) 

 

kh=7.5

7 

kv,b=5.0

6 

ICCM19 3034



0.05 0.10 0.15 0.20 0.25 0.30 0.35

6

8

10

12

14  N4

 N8

 N12

 BFRP

 NV4

 NV8

εc
u
/ε

c
o

fla/fco
 

(b) 

 

Fig. 7. Evaluation of the confinement effect in strength (a) and strain (b) of FRPs. 
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Abstract 

In the present paper, pultruded GFRP pipes were 

immersed in water at 20
o
C, 40

 o
C and 60

 o
C for six 

months. The water absorption and diffusion, flexural 

properties and short beam shear strength were 

investigated. It was found that the saturation water 

content and the coefficient of diffusion are 

negligibly affected by the immersion temperatures. 

This is because the diffusion of the water in the 

present GFRP composites may be mainly occurred 

along the interfaces between the fiber and resin 

matrix, rather than through the resin matrix.  This is 

also confirmed by the activation energy of the 

diffusion, which is only 8 kJ/mol, much lower than 

those of polymer resins or polymer based 

composites.  

Water immersion leads to the degradation of the 

flexural properties due to the damage of the 

interfaces. Meanwhile, the flexural strength is more 

sensitive to the water immersion than the modulus. 

The short beam shear strength is reduced by the 

water immersion dramatically, which is correlated to 

the water uptake content. The higher the water 

uptake content, the more reduced the short beam 

shear strength.  

 

1 Introduction  

Fiber reinforced polymer (FRP) composites have 

been widely used for construction applications due 

to its excellent properties (e.g., light weight, high 

corrosion resistance) compared to traditional civil 

engineering materials, such as steel and concrete, 

and relatively cost effective compared to carbon 

fiber reinforced FRPs.  

When FRP materials applied in civil engineering 

environments, generally, FRP materials are 

inevitably exposed to water or various solutions 

(such as alkaline, salt, etc.). Water uptake and 

diffusion in FRPs will bring in plasticization, 

swelling, hydrolysis of polymer matrix, debonding 

of fibers from the resin, as well as the corrosion of 

fibers for glass or Aramid fibers [1, 2]. As a result, 

the mechanical properties tend to deteriorate with 

increasing the exposure time.  

The property degradation of a GFRP composite in 

water or moist environments can be attributed to the 

effect of water ingress. During ageing, the resin 

matrix may undergo plasticization and hydrolysis. 

The plasticization effect, may leading to reduced 

glass transition temperatures and mechanical 

properties, is reversible. The hydrolysis effect will 

bring in permanent degradation of the resin system. 

The presence of fibers was reported to enhance those 

above effects [3]. This is attributed to the 

enhancement of water absorption with the degraded 

fiber-matrix interfaces, which will bring in an 

capillary effect. 

In addition, debonding and cracks in the GFRP 

composites were also reported during ageing. Silane 

coupling agents showed effective in keeping the 

interfacial shear strength between fiber and matrix 

from permanent damage during immersion in water 

[4].  

Besides, when subjected to sustained forces, FRP-

structures will exhibit creep behavior due to the 

viscoelastic performances. The creep behavior of a 

FRP structure is dependent on the temperatures and 

the external forces. Creep of a FRP material may 

lead to “static fatigue” [2]. The creep behavior is 

essential to determine the long term loading capacity 

of a FRP structure. 

In the present paper, a GFRP pipe was studied on the 

durability when subjected to immersion and 

sustained forces. The study is expected to 

understand the degradation mechanisms under such 

harsh conditions.  
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2 Experimental 

2.1 GFRP Composite Samples 

The testing samples were cut from GFRP square 

pipes, which were manufactured with a pultrusion 

process and supplied by Fukui Fibertech Co., Ltd, 

Toyohashi, Japan. The dimensions of the pipe are 

given in Fig. 1.  

Samples for water immersion and three-point 

bending test were cut directly from the wall of the 

pipe. The dimensions of the samples for water 

immersion are 25 mm x 25 mm x 4.25 mm. The 

samples for three-point bending are 136 mm in 

length, 13mm in width and 4.25 mm in thickness.  

 

2.2 Hygrothermal Ageing 

The GFRP sample coupons for water sorption tests 

were schematically shown in Figure 2. The GFRP 

samples were soaked in distilled water baths at 20, 

40 and 60
o
C, respectively. 

The water uptake in the samples was detected by 

periodically recording the mass change of the 

samples. Samples were taken out of the baths and 

swiped off the surface water using tissue paper.  An 

electronic balance with an accuracy of 0.01 mg was 

used to weigh the specimes. The presented data are 

an average of ten coupons. The water uptake of the 

sample was calculated with the following equation: 

 

 
where Ma is the water uptake ratio, Ww is the mass 

of the samples after immersion in water, and Wo is 

the initial mass of the samples (i.e., mass of the 

sample before ageing). 

 

2.3 Flexural test 

Flexural properties of the GFRP coupons were tested 

according to ASTM D 7264/D 7264M-07 (Flexural 

Properties of Fiber-Reinforced Polymer Matrix 

Composites) in three-point bending mode. The 

samples were cut into 160 x 13 x 4.25 mm
3
. The 

testing speed was set as 5 mm / min. For each 

condition, five samples were repeated and the 

average results were reported. 
 

2.4 Short Beam Shear Strength test  

The short beam shear strength (SBS) of the 

samples was tested according to ASTM D 

2344/2344-00(M) (Standard Test Method for 

Short-Beam Strength of Polymer Matrix 

Composite Materials and Their Laminates ).  

Samples  
Samples for SBS test were cut from the pipe into 

25mm in length, 8.5 mm in width and 4.25 mm in 

thickness. The testing speed was set as 2 mm/min. 

For each condition, five samples were repeated 

and the average results were reported. 
 

2.5 Creep Behavior Testing 

The creep test was conducted with the GFRP pipe, 

which were exposed to outdoor environments in 

Harbin, China.  

A setup were designed and constructed for creep 

testing of the pipe in three-point bending mode. 

Figure 3 shows the loading status of the pipe. FBG 

(fiber Brag Grating) sensors were used to track the 

strain of the pipe during testing. The locations of the 

FBG sensors are schematically shown in Figure 3. 

Figure 4 presents the photograph of the creep testing 

setup.  The sustained loading is coming from dead 

weights. The yellow wires is connected to the FBG 

sensors. 

The sustained bending forces are 40, 50 and 60 

percent of the ultimate flexural strength of the pipe.  

 

3 Results and Discussion  

3.1 Water absorption and diffusion in GFRP  

Fig. 5 presents the water uptake curves of the GFRP 

coupons during water immersion for 6 months. As 

shown, with increasing immersion temperatures, the 

more water was absorbed by the samples. In spite of 

this, the difference of the water uptake content due 

to the immersion temperatures is limited. The 

maximum water uptake content with temperature 

increase is 2.06%, 2.10% and 2.20%, respectively.  

It is worth noting that no weight loss is observed for 

the current studied GFRP composites, which is 

frequently reported for GFRP composites especially 

at high immersion temperatures [5]. The mass loss is 

a direct indicator for hydrolysis of the composite. In 

addition to this, the surface of the aged samples after 

6 month immersion at various temperatures does not 

show any changes, indicating no decomposition of 

the GFRP composites occurred.  

To determine the coefficient of diffusion of water in 

the GFRP coupons, the classic Fick’s law was used: 
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where Mt is the water uptake at time t, M∞ is the 

quasi-equilibrium water uptake, Da is the apparent 

coefficient of diffusion, and h is the thickness of the 

specimen (4.25mm).  

With curve fitting, Da and M∞ are determined and 

given in Table 1. Clearly, the determined quasi-

equilibrium water uptake is very close to the 

maximum water uptake as mentioned above. The 

temperature has negligible effect on it. As known, 

the equilibrium water uptake is related to the pore 

properties of the resin system. For most of the 

polymer systems, such as epoxy, vinyl ester, the 

temperature was reported not to affect M∞, generally 

[2].  

It is of interest to note that the immersion 

temperatures also show low influence on Da. With 

Arrhenius equation (see Equation 2), the activation 

energy (Ea) of the water diffusion is calculated.  

 

Da=Do exp (-Ea/RT)                                 (2) 

 

where Do is diffusion constant, R the universal gas 

constant, and T is the absolute temperature in Kelvin. 

The calculated Ea is only 8.4 kJ/mol, which is much 

lower than reported values in a range of 30~80 

kJ/mol. The much low Ea may be due to the water 

absorption mechanisms. For example, if the water is 

absorbed mainly by the void, defects, and the 

interfaces rather than by the resin matrix, the 

diffusion process will not be activated thermally, 

and the effect of temperature will be low. Thus, Ea is 

reduced remarkably.    

 

3.2 Flexural properties 

Figure 6 presents typical strain ~ stress curves of 

control samples, and aged samples after 6-month 

immersion in water at  20
 o

C, 40
 o

C and 60
o
C, 

respectively.  

As shown, after immersion in water for 6 months, 

flexural strength and modulus of aged samples are 

all degraded. The higher the temperatures, the more 

degradation is found.  

Figure 7 presents SEM pictures of water immersed 

samples at 20
o
C and 60

o
C for 6 months, respectively. 

As shown, there are still lots of resin attached on the 

fiber surfaces in the case of the low temperature 

immersion. However, at higher temperature, very 

few resin attached on the surface of the fibers.  This 

indicates the water immersion lead to weakening of 

the interfaces. The weakening of the interfaces is 

expected to be the main reason for the reduction of 

the flexural properties of the GFRP samples.  

The influence of the immersion time on the flexural 

strength and modulus are summarized in Figure 8. It 

can be found that an increase in both the flexural 

strength and modulus was found after the initial 7-

day immersion. Further increasing of the immersion 

time, however, both the flexural strength and 

modulus decrease steadily (Figure 8).  

The initial increase of the mechanical properties has 

been reported for various FRP systems [6]. Post-

curing effect and/or relaxation of the internal stress 

formed during pultrusion are believed to be 

responsible for the increase of the flexural properties.  

The retention of the flexural strength is 63%, 63% 

and 57% after 6 months immersion as the 

temperatures increasing from 20
o
C to 60

o
C. By 

contrast, the flexural modulus is relatively less 

deteriorated with the immersion time. The 

corresponding retention of the modulus is 89%, 84% 

and 81% with the increase of the immersion 

temperatures after 6 months immersion. 

As regards to the influence of immersion 

temperatures, similar to the water uptake, both the 

flexural strength and modulus are less affected by 

the temperatures.  

 

3.3 Short beam shear strength 

Figure 9 shows variation of the short beam shear 

strength of GFRP samples immersed in water at 

various temperatures as a function of immersion 

time. After 6 months immersion, the retention of the 

short beam shear strength is 46%, 40% and 37% at 

20
o
C, 40

o
C and 60

o
C, respectively. Clearly, the 

degradation of the short beam shear strength is much 

serious than that of the flexural strength (Figure 8b).  

As known, short beam shear strength is more related 

to the interfacial shear strength of the FPR 

composites. The dramatic decrease of the short beam 

shear strength indicates that the water immersion 

brings in the damage of the interfaces between fiber 

and the resin matrix.  

As mentioned in section of 3.1, the absorbed water 

may mainly exist in the void or the interface 

between fiber and resin matrix. Besides, as shown in 
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Figure 7, the degradation of the interface of aged 

samples especially at high temperatures is 

remarkable. Therefore, it is interesting to check the 

relationship between the water uptake content and 

the short beam shear strength. 

Figure 10 presents the correlation between the short 

beam shear strength and the water uptake content. It 

can be found, as expected above, with the increase 

of the water uptake content, the short beam shear 

strength decreases steadily. This result further 

confirm that the water ingress in the composites 

deteriorate the interface shear strength. 

It is also worth noting that the short beam shear 

strength of GFRP samples decreases almost linearly 

if the initial point is not considered.  

In addition, with the similar water content, the 

higher the immersion temperatures, the more 

degradation of the short beam shear strength is 

observed (Figure 10). This indicates that the 

weakening of the interface is also dependent on the 

immersion temperatures. High temperatures 

accelerate the weakening of the interface.  

 

3.4 Creep Behavior of GFRP Pipe  

The pipes have been exposed to the outdoor 

environments of Harbin, China under sustained 

bending forces. The creep strain was measured with 

FBG sensors. Under 50% of flexural strength, the 

flexural strain reach the equilibrium status in several 

hours, while under 30% of flexural strength it will 

take about 25 days.  

 

4 Conclusions  

A GFRP composite pipe was studied on water 

uptake, flexural properties and creep behaviors. 

When subjected to water immersion, the GFRP 

specimens absorbed about 2 wt.% of water content. 

It was found that the saturation water content and the 

coefficient of diffusion are negligibly affected by the 

immersion temperatures. This is because the 

diffusion of the water in the present GFRP 

composites may be mainly occurred along the 

interfaces between the fiber and resin matrix, rather 

than through the resin matrix.  This is also 

confirmed by the activation energy of the diffusion, 

which is only 8 kJ/mol, much lower than those of 

polymer resins or polymer based composites.  

Water immersion leads to the degradation of the 

flexural properties due to the damage of the 

interfaces. Meanwhile, the flexural strength is more 

sensitive to the water immersion than the modulus. 

The short beam shear strength is reduced by the 

water immersion dramatically, which is correlated to 

the water uptake content. The higher the water 

uptake content, the more reduced the short beam 

shear strength. The creep resistance of the pipe was 

investigated.  
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Table 1 Da and M∞ determined with Equation 1 according to Fick’s law. 

 

Immersion 

Temperature (
o
C) 

Da 

(x 10
-7

mm
2
/s) 

M∞ 

(%) 

20 8.53 2.01 

40 10.06 2.02 

60 12.92 2.05 

 

 

 

 
Fig. 1. Dimensions of the GFRP pipes, a=50mm, 

b=41.5mm,  t=4.25mm. 

 

 

 

 

 

 

 

 
 

Fig. 2. GFRP sample for water uptake test. Note, a is 

equal to 25mm, and t is equal to 4.25mm, which cut 

from the pipe.  

 

 

 

 

 

 

 

 

 

 

 

 
 

Fig. 3. GFPR pipe under flexural force. 

 

 

 

 
 

Fig. 4. Creep testing setup for GFRP pipes in 

outdoor environments (Harbin, China) 
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Fig. 5. Water uptake curves of GFRP coupons at 20
 

o
C, 40

 o
C and 60

o
C. 
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Fig. 6. Typical flexural strain ~ stress curves of 

GFRP coupons after 6 months immersion at 20
 o

C, 

40
 o
C and 60

o
C. 
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Fig.7. SEM pictures of flexural fracture surfaces of 

water immersed GFRP samples at 20
o
C (a) and 60

o
C 

(b). 
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Fig.8 .Variation of flexural modulus (a) and flexural 

strength (b) as a function of immersion time. Note, 

W20 means immersion in water at 20
o
C, the 

remaining consistent. 
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Fig.9.Variation of the short beam shear strength as a 

function of immersion time. Note, W20 means 

immersion in water at 20
o
C, the remaining consistent. 
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Fig. 10. Variation of short beam shear strength of 

GFRP samples immersed in water at 20
 o
C, 40

o
C and 

60
o
C as a function of water content. 
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Fig.11. Creep strain of GFRP pipes under various 

sustained flexural forces in outdoor environment, 

Harbin, China. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1  Introduction  

   Epoxy resin-based CNT composites have been 

extensively investigated in view of their 

potential applications in the electronics, 

aerospace and automotive industries [1]. One of 

the approaches to the development of 

conductive thermoplastics is to add conductive 

fillers into a non-conductive polymer matrix. 

There are many commonly-used conductive 

fillers such as metal powders, metal fibers, 

carbonaceous materials, etc [2–8]. 

   Carbon nanotube is one of the most interesting 

conductive fillers due to the morphological and 

chemical advantages (i.e., high surface-to-

volume ratio, good thermal and electrical 

conductivity, lightweight and etc) [9-14]. The 

electrical conductivity of the composite was 

remarkably improved by adding some amount 

of CNTs into epoxy [15,16]. The increase in 

CNT content can enhance the electrical 

conductivity of composites; however, the 

solution viscosity becomes too high to produce 

void-free composites when the CNT volume is 

too large. This leads to the contradictions 

between material processing and high electrical 

conductivity.  

   Integration of CNT and metal fillers is one of 

the potential solutions to enhance the electrical 

conductivity of the materials [9,17]. Based on 

the assumption to integrate the properties of two 

components in hybrid materials, this work 

proposed the method to enhance the electrical  

 

conductivity of the nanocomposite by 

incorporation of metal nanoparticles on surface 

of CNT using simple deposition-precipitation at 

room temperature. The product has been used as 

a conductive filler in epoxy nanocomposite and 

composite laminate CFRP. The electrical 

conductivity, thermal and mechanical property 

of nanocomposite and the composite CFRP 

have been investigated. 

 

2  Experimental 

2.1 Materials 

   Research grade thin-multi-walled carbon 

nanotubes (TMWCNTs) were purchased from 

Nanocyl
®
. AgNO3 and 3-

aminopropylmethoxysilane (APTMS) were 

purchased from Aldrich. NaOH was purchased 

from Merck. Araldite
®
 LY 1564 epoxy resin 

and Aradure
®
 3487 hardener from Huntsman 

were used in this work.  

 

2.2 Silver nanocrystal decoration of thin-

multi-walled carbon nanotubes (TMWCNTs) 

   Amine-functionalized TMWCNTs were 

dispersed ultrasonically in DI water before 

mixed with AgNO3 solution, followed by 

adding NaOH for pH adjustment. The 

suspension was stirred vigorously before 

separated by centrifugation. After washed with 

DI water to remove the excess sodium nitrate, 

the final product was kept in DI water. The 

sample is designated as Ag-TMWCNT. 
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2.3 Fabrication of conductive nanocomposite 

   The Ag decorated TMWCNT (Ag/TMWCNT) 

was washed and dispersed in ethanol using 

ultrasonicator before added into the epoxy resin. 

The mixture was homogenized, followed by 

solvent removal. After cooling down to room 

temperature, the hardener was added (Resin: 

Hardener = 100g: 34g). The resin dough was put 

into glass-mould, and cured at 100 °C for 5 h in 

air. The final product was measured the 

electrical conductivity using a four-probe 

resistivity meter following ASTM D257 

standard, the tensile and flexural property, 

following ASTM D 638-03, D 790-03 tensile. 

The storage modulus of the nanocomposites 

were measured by Dynamic-Mechanical 

Analyzer (DMA, Thermal Instruments), 

working temperature range is –room temp to 

150°C. In addition, the charge density on the 

surface of nanocomposite was investigated 

using Finite Element Method for simulation. 

 

2.4 Fabrication of composite laminate 

    

 
Fig 1. Vacuum bagging setup for conductive 

CFRP composite laminate 

 

   The developed conductive composite laminate 

was fabricated using hot-press curing under 

vacuum. Namely, the Ag-TMWCNT/epoxy 

nanocomposite was laminated onto the woven 

carbon fiber fabric using wet lay-up process. 

The total fiber layer of 16 plies with fiber 

orientation of 0°. The fiber content in CFRP was 

70 ± 3 wt%. The uncured laminated CFRP was 

put into the vacuum bagging which connected to 

the quick-disconnect set, as shown in Fig. 1. 

The set up was pressed between two plates of 

the hot press machine (Labtech LP25M, 

Labquip Pte Ltd). The vacuum was applied to 

the fabricated material while the pressure was 

slowly increased from 0 to 61 bars at 25 °C. 

After the pressure was constant at 61 kPa, the 

curing temperature was increased to 100 °C and 

maintained for 5 h. The similar fabrication 

process was applied to the neat epoxy and 

TMWCNT/epoxy CFRPs. 

 

3  Results and Discussion 

 

3.1 Silver decorated thin-multiwalled carbon 

nanotubes 

 

   The Ag nanoparticles were decorated on the 

functionalized TMWCNTs using simple 

deposition-precipitation of AgNO3 and NaOH at 

room temperature.  

 

 
Scheme 1. Proposed reaction mechanisms for 

the deposition of silver nanocrystals at amine 

groups of functionalized TMWCNTs  

   Scheme 1 shows the proposed reaction 

mechanism for deposition of Ag particles on the 

surface of functionalized TMWCNTs. The 

amine groups on the surface of functionalized 
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TMWCNTs interact with AgNO3 to form –NH
-

Ag
+
 complexes, and then reduced by hydroxyl 

groups (-OH), generated by NaOH, resulting in 

the Ag particles depositing on the surface of the 

TMWCNTs. 

 

(a)  

(b)  

(c)  

 

Fig 2. FESEM images of Ag-decorated 

functionalized TMWCNTs 

 

    Fig 2a and Fig 2b shows the functionalized 

TMWCNT decorated by Ag nanoparticles at the 

different positions of TEM samples. Both 

figures show that the good dispersion of Ag 

particles on the surface of functionalized 

TMWCNTs with the relatively small and 

homogeneous particle size (i.e., the average size 

is < 5 nm). However, some big clusters of 

aggregated Ag and some empty surface of 

TMWCNTs were observed, as shown in Fig 2c. 

 

 
Fig 3. XRD diffraction spectrum of Ag-

decorated functionalized TMWCNTs 

    

   The XRD diffraction pattern of the 

functionalized TMWCNTs and Ag/TMWCNTs 

(pH 7.5, 0.05 M AgNO3, aging time 60 min) is 

presented in Fig 3. The small peak at ~ 25° 

corresponds to the amorphous carbon of the 

carbon nanotubes and the peaks at 38.1°, 44.3°, 

66.4°, 78.4°, and 81.6° were indexed to the 

(111), (200), (220), (311), and (222) planes of 

the Ag crystal structure, respectively [17,18]. 

Silver oxide compounds (i.e., Ag2O and AgO) 

were also observed, as evidenced by the 

diffraction peaks at ~33.1º, 54.9º, 68.7º for 

Ag2O, and the peak at 64.5º for AgO [19]. This 

result suggests the mixed phases of Ag 

contained in the synthesized CNT-based filler. 

    

3.2 Electrical and mechanical properties of 

silver-decorated carbon nanotubes filled 

epoxy resin (Ag-TMWCNT/Epoxy) 
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   The synthesized Ag-decorated TMWCNT was 

used as a conductive filler to enhance the 

electrical conductivity of epoxy resin. Table 1 

shows the electrical conductivity of neat epoxy 

resin and the developed nanocomposites with 

Ag nanoparticles and Ag-decorated TMWCMTs 

with various filler contents. With 1 wt% of Ag 

nanoparticles, the electrical conductivity of the 

composite increased ca. 100 times due to the 

presence of conductive fillers in the polymer 

matrix. Meanwhile, the electrical conductivity 

of the composite increased ca. 10
6
 times with 

0.2 wt% of functionalized TMWCNTs. The 

remarkable increase of the electrical 

conductivity of nanocomposite with low content 

of TMWCNT filler is due to the high surface-to-

volume ratio or the bulkiness of conductive 

CNT fillers [15,20-23]. 

   With 0.2 wt% of Ag-TMWCNT filler, the 

electrical conductivity of the Ag-

TMWCNT/Epoxy nanocomposite increased ca. 

10
8
, as compared to the electrical conductivity 

of neat epoxy resin. Interestingly, as compared 

to the same filler content, the electrical 

conductivity of nanocomposite containing 

Ag/TMWCNTs was ca. 10-100 times higher 

than that of nanocomposite containing only 

functionalized TMWCNTs. The higher 

electrical conductivity of Ag-TMWCNT/Epoxy 

nanocomposite is due to the attachment of Ag 

particles onto the defect sites of TMWCNT 

surface that compensates the above negative 

effect by enhancing the conductivity of CNTs 

 

 

 

 

 

 

 

 

 

and reducing the contact resistance of CNT 

junctions in matrix [9]. 

 

(a)  

(b)  

Fig 4. Cross section of Ag-decorated 

functionalized TMWCNTs filled epoxy resin 

nanocomposite with (a) 1 wt% and (b) 0.8 wt% 

fillers content 

 

   The result in Table 1 clearly shows that the 

electrical conductivity of TMWCNT/Epoxy and 

Ag-TMWCNT/Epoxy nanocomposite increased 

with filler content. However, the physical 

appearance and texture of the nanocomposite 

was not homogeneous when the filler content 

was high. Namely, there are many visually 

observable voids in the matrix of the Ag-

TMWCNT/Epoxy nanocomposite (as shown in 

Fig 4a) when the filler content reached 1 wt%. 

The same phenomenon was also observed on 

the TMWCNT/Epoxy nanocomposite. The 

formation of voids in the nanocomposite matrix 

is due to the high viscosity of the resin dough, 

leading to the difficulty of air or vaporizable 

chemicals to release from the polymer matrix. 

In order to obtain the void-free nanocomposite, 

the 0.8 wt% filler content, which is the 

maximum filler content, is recommended for 

further study (Fig 4b). 

Table 1. Average electrical conductivity of silver filled epoxy resin (Ag/Epoxy), functionalized 

TMWCNTs filled epoxy resin (TMWCNT/Epoxy) and Ag-decorated functionalized TMWCNTs filled 

epoxy resin (Ag-TMWCNT/Epoxy) with various filler contents 

Sample Average electrical conductivity at various filler content (S/cm) 

0 wt% 0.2 wt% 0.6 wt% 0.8 wt% 1 wt% 

Ag/Epoxy 6.5 x 10
-15

 5.4 x 10
-14

 7.5 x 10
-13

 9.8 x 10
-13

 1.3 x 10
-12

 

TMWCNT/Epoxy 6.5 x 10
-15

 3.2 x 10
-9

 1.1 x 10
-4

 1.9 x 10
-3

 1.1 x 10
-2

 

Ag-TMWCNT/Epoxy 6.5 x 10
-15

 5.4 x 10
-7

 1.6 x 10
-3

 1.4 x 10
-2

 7.2 x 10
-2
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Fig 5. Flexural, tensile and storage modulus of 

neat epoxy, Ag-decorated functionalized 

TMWCNTs filled epoxy resin (Ag-

TMWCNT/Epoxy, 0.8 wt% filler) and 

functionalized TMWCNTs filled epoxy resin 

(TMWCNTs/Epoxy, 0.8 wt% filler) composite 

 

   The mechanical property of the developed 

nanocomposite with the filler content of 0.8 

wt% was evaluated via its flexural, thermal and 

storage modulus and the result was shown in 

Fig 5. The tensile and flexural modulus of Ag-

TMWCNT/Epoxy and TMWCNT/Epoxy 

composite was slightly lower, but the storage 

modulus was higher, as compared to neat epoxy 

resin. The decrease of the tensile and flexural 

modulus of the nanocomposite with fillers is (1) 

due to the presence of the filler with large 

volume [9,20] and (2) due possible to the 

imbalance of the crosslinking functional groups 

[24-26]. In overall, the mechanical property of 

epoxy resin was retained after addition of the 

filler, suggesting that the reinforcement effect 

due to Ag/TMWCNTs in composites was not 

sacrificed after Ag decoration. 

   Thermal property of the nanocomposite was 

evaluated via glass transition temperature (Tg), 

using Dynamic-Mechanical Analyzer or DMA. 

Neat epoxy resin shows the estimated Tg around 

85 °C, and the result is in good accordance with 

the Tg reported in the materials data sheet from 

the company (i.e., 81-87 °C). Meanwhile, the Tg 

of TMWCNT/Epoxy and Ag-TMWCNT/Epoxy 

were around 75 °C and 76 °C, respectively. The 

decrease of the Tg of nanocomposite after filler 

addition is due to the fact that fillers in 

composites increase the free volume and loosen 

the molecular packing of the polymers, which 

results in a decrease of the Tg with increasing 

filler loading [17,27]. 

 

3.3 Electrical and mechanical properties of 

conductive CFRP laminated with silver-

decorated carbon nanotubes filled epoxy 

resin (CFRP Ag-TMWCNT/Epoxy) 

 

   The developed nanocomposite with 0.8 wt% 

filler content was used to laminate on the woven 

carbon fiber fabric and cured using hot-press 

and vacuum bagging, as shown in Fig 1. 

 
Fig 6. Electrical conductivity of CFRP 

laminated with neat epoxy, Ag-decorated 

functionalized TMWCNTs filled epoxy resin 

(Ag-TMWCNT/Epoxy, 0.8 wt% filler) and 

functionalized TMWCNTs filled epoxy resin 

(TMWCNTs/Epoxy, 0.8 wt% filler) 

 

   The electrical conductivity of the CFRP with 

neat epoxy resin, TMWCNT/Epoxy and Ag-
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TMWCNT/Epoxy nanocomposite is presented 

in Fig 6. The CFRP containing neat epoxy 

showed some positive electrically conductive 

value, suggesting that the CFRP can conduct 

some electricity. As shown in Section 3.2, the 

electrical conductivity of neat epoxy resin was 

very low (~6.5 x 10
-15

 S/cm); therefore, the 

electrical conductivity of the CFRP with neat 

resin is principally due to the conductive 

property of carbon fiber. 

   Substitution for developed nanocomposite 

resin can improve the electrical conductivity of 

the CFRP laminated. The electrical conductivity 

of CFRP with TMWCNT/epoxy nanocomposite 

increased about 100 times, as compared to the 

CFRP laminated with neat epoxy resin. 

Interestingly, the conductivity of CFRP 

containing Ag-TMWCNT/epoxy 

nanocomposite rose up to 1000 times higher 

than the counterpart containing neat epoxy resin 

and increased 10 times higher than the CFRP 

with TMWCNT/Epoxy nanocomposite. The 

increase of the electrical conductivity of the 

CFRP with the developed nanocomposite resin 

is due to the increased of the conductive 

property of the matrix, which could enhance 

and/or increase the pathway of electrons 

transfer. As a result, the significant 

improvement of electrical conductivity of CFRP 

was observed. The result in this section suggests 

that combination of carbon nanotubes and metal 

fillers can synergistically enhance the electrical 

property of the conductive composite laminate 

and it can clearly prove our assumption about 

hybrid-filler system to improve electrical 

property of the conductive composite laminate. 

    Fig 7 shows the mechanical properties 

(evaluated by tensile, flexural and storage 

modulus) of carbon-reinforced laminate using 

developed conductive resin, compared to the 

CFRP with neat epoxy resin. The flexural, 

tensile and storage modulus of CFRP with 

TMWCNT/Epoxy nanocomposite was lower 

than that of CFRP with neat epoxy. It is possible 

due to the large volume of carbon nanotube 

fillers dispersing in the epoxy matrix [9,20].  

   Interestingly, the CFRPs with Ag-TMWCNT 

nanocomposite showed the better mechanical 

properties than that with only TMWCNTs for 

flexural modulus and even better than that with 

neat epoxy resin for tensile and storage 

modulus. The reason for this improvement is 

still unclear; however, it is possible due to the 

small amount of solid metal filler on the matrix 

which assist to improve the mechanical property 

of the CFRP [28-29]. 

 

 
Fig 7. Flexural, tensile and storage modulus of 

CFRP laminated using neat epoxy, Ag-

decorated functionalized TMWCNTs filled 

epoxy resin (Ag-TMWCNT/Epoxy, 0.8 wt% 

filler) and functionalized TMWCNTs filled 

epoxy resin (TMWCNTs/Epoxy, 0.8 wt% filler)    

   The fracture surface of CFRP with Ag-

TMWCNT/Epoxy nanocomposite in Fig 8 

shows that the resin infused inside the carbon 

fiber materials. Although the viscosity of the 

Ag-TMWCNT/Epoxy nanocomposite resin was 

relatively high, the resin could homogeneously 
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penetrate through the layer. It suggests that the 

transportation of resin into the fiber fabrics was 

not hindered by the addition of Ag-

TMWCNT/Epoxy nanocomposite resin. 

    

    

(a)  

(b)  

 

Fig 8. (a) Fracture surface of CFRP laminated 

using Ag-decorated functionalized TMWCNTs 

filled epoxy resin (0.8 wt% filler) and (b) its 

closed-up image.   

    

   The interlaminar fracture toughness 

(represented as the strain energy release rate, 

GIc) of the CFRP with neat epoxy was ca. 660 ± 

5 J/m
2
 whereas the GIc of the CFRP with Ag-

TMWCNT/Epoxy nanocomposite was 740 ± 4 

J/m
2
. The higher GIc of CFRP with Ag-

TMWCNT/Epoxy nanocomposite is due to the 

strong filler–epoxy bonding, which was formed 

through the linkage between amine groups of 

APTMS functionalized on the surface of 

TMWCNTs [30]. 

   In order to use this composite material for 

extreme applications, the capability of the 

material to carry or conduct the intensive charge 

on the surface or in the matrix should be 

studied. This material property is important for 

some extreme application such as lightning 

strike protection, conductive 

container/infrastructure. Therefore, in this work 

charge dispersion was evaluated using the 

lightning strike simulation based on Finite 

Element Method (data is not presented here). It 

was found that the charge generated by the 

lightning strike simulation accumulated on the 

surface of CFRP with need epoxy resin. 

Meanwhile, the dispersion of the charge the 

surface of CFRP with the developed 

nanocomposite resin was relatively good, less 

charge accumulation. The simulation result 

suggests its good charge carrying property of 

the newly-developed conductive CFRP. For the 

charge penetration into the matrix, the electric 

field drops significantly ~ 0.5 mm below the top 

surface of the specimen at its center around the 

charge generating point. This result suggests 

that the developed nanocomposite laminate can 

shield a large amount of electric field.  

 

4  Conclusion 

   Ag-decorated TMWCNTs were successfully 

synthesized via a simple deposition-

precipitation of AgNO3 and NaOH at room 

temperature. The electrical conductivity of 

epoxy resin significantly increased after adding 

this product to the resin matrix. Furthermore, 

the mechanical property of epoxy resin was not 

sacrificed by adding this filler. The results of 

this study indicate that the Ag/TMWCNT is the 

potential conductive filler with mechanical 
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enhancement property for many applications 

such as conductive container/infrastructures. 
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1 Introduction 
Composite materials are characterised by high 
strength-to-density and stiffness-to-density ratios. The 
blending of composite materials’ directional properties 
with the design optimisation provides greater 
opportunities to improve the performance of 
composite structures in comparison to their metallic 
counterparts. Moreover, the simplified fabrication 
techniques of composite structures with greater 
accuracy using latest computer-controlled automatic 
filament winding machines has broadened the range of 
applications of composite materials in different areas. 
A filament wound composite flywheel disk with 
optimal fibre trajectories [1-2] is an example of 
increasing number of optimal composite structures. A 
flywheel or spinning disk is a device designed to store 
energy in the form of kinetic energy and then release 
the energy when required. Flywheels can be made of 
either metals or composite materials. However, a 
composite flywheel is the most effective one with 
higher energy storage capacity per unit mass. It offers 
high power and energy densities without reduction in 
capacity under repetitive charge-discharge cycles [3]. 
Optimal composite flywheels can attain much higher 
rotational speed than metallic ones, and thus enhance 
the performance and service life in various 
applications. Moreover, low density of composite 
materials used in flywheel does not affect the kinetic 
energy storage capacity of the rotor because increased 
rotational speed compensates for lower mass. 
Promising flywheel technology covers a variety of 
applications in different fields. Flywheels provide the 
substantial improvement of performance and service 
life in different applications such as, spacecraft, 
aircraft power systems, uninterruptible power supplies 
and planetary outposts and rovers [4-5]. Flywheels are 
used also in alternating engines, compressors, press 
and strike machinery. Composite flywheels offer 
increased energy density storage capability that is 
better than batteries which have slow loading and 
unloading cycle due to chemical process as well as 

short life [6]. In general, a structure’s mass can be 
reduced by 20-30% through the replacement of metal 
alloys by composite materials [2]. One of the major 
applications of composite flywheels is energy storage 
for satellites. A flywheel stores the energy generated 
by photovoltaic cells during passing half of the orbit 
with greater reliability and lower weight [7]. A 
flywheel also facilitates the recovery of the kinetic 
energy of a vehicle lost as heat during braking. It can 
store and release this kinetic energy in automotive 
vehicles in fractions of a second [8]. Flywheels can 
play an important role in preventing blackouts and also 
in regulating the functioning of not well-meshed 
networks in electricity distribution [9].  
The concept of uniform stress filament-wound 
spinning composite flywheel disk composed of 
structural filaments of uniform cross-sections was 
presented by Kyser [1]. The fibres arranged as of a 
fine-mesh circular net forming curved load-carrying 
paths that spiral outward from the centre of the disk 
and maintain constant tension through the cancellation 
of decreasing fibre tension toward the centre due to 
radially directed loading and increasing fibre tension 
towards the centre because of inertia forces due to 
rotation. Bokov et al. [10] examined the optimum 
design of a flywheel in the form of a membrane shell 
of revolution formed by winding or placing of 
orthotropic reinforced strips and explored reinforcing 
paths for ensuring maximum bearing capacity while 
assessing the energy storage capacity of these shells. 
Seleznev and Portnov [11] demonstrated the chord 
winding process of composite-tape disk  and showed 
that the variation of elastic properties along the radius 
must be taken into account in the stress analysis. An 
approximate method of the calculation of both mass 
and volume energy capacity of a chord flywheel was 
presented by Portnov and Kustova [12] and an analysis 
was also carried out to reveal the most effective 
combination of materials. Valiullin et al. [13] 
demonstrated the use of finite element method to 
calculate the stress-strain state of a composite flywheel 
having varying thickness and consisting of a ring with 
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fibres orientated in the circumferential direction and a 
peripheral shell made by winding along the lines of 
constant deviation from geodesic lines. Structural 
assessment of two circumferentially wound composite 
flywheel rotor assemblies was performed by Abdul-
Aziz et al. [4] using finite element method. Dems and 
Turant [14] analysed optimally designed composite 
flywheels to maximize the accumulated kinetic energy 
of the flywheel. Vasiliev and Morozov [2] discussed 
the filament-wound composite spinning disk of 
uniform strength based on the monotropic model of 
unidirectional filaments as an example of optimal 
composite structures. In this design, the filaments are 
arranged in a circular net forming curved load-carrying 
paths as shown in Fig. 1 [2]. As can be seen, the 
resulting structure of each of the filament wound 
layers is composed of two plies with  and –  
orientation of the fibres which are interlaced in the 
process of continuous helical filament winding. As a 
result, the structure of the layer has the distinctive 
mosaic pattern. The effect of filament winding mosaic 
pattern on the strength of thin-walled composite 
cylindrical shells has been investigated by Morozov et 
al. [15-16]. The sensitivity of filament winding pattern 
on the compressive stability of filament-wound 
composite cylinders has been demonstrated by Jensen 
and Pai [17]. The effect of mosaic pattern on the 
filament-wound composite pressure vessels has been 
demonstrated by Mian and Rahman [18]. As has been 
shown, the evaluation of mechanical response of the 
filament-wound composite structures is considerably 
influenced by the incorporation of the mosaic pattern 
units in the analyses. However, thickness variation of 
filament wound structures has not been considered in 
these studies to explore the effect on stress state.  
Although composite flywheels hold great promises, a 
number of challenges need to be overcome for the 
better service and long-term performance which 
require the implementation of advanced design and 
analysis approach. Different studies have been 
performed to date dealing with composite flywheels to 
achieve the maximum performance under certain 
conditions.  Most researches on flywheels aim to 
maximize the energy storage capability while keeping 
the mass of flywheels at minimum possible level. 
However, these studies are limited to certain 
considerations that can not fully encompass the actual 
configuration of composite structures. For instance, in-
built mosaic pattern (MP) of the filament-wound 
composite spinning disk is one special feature that is 
generally overlooked in conventional modelling and 
stress analysis of such structures. 
Filament wound composite structures are usually 

modelled and analysed as laminated shells using 
analytical or/and finite element solutions with the 
exploitation of mechanics of composite laminates that 
takes into consideration the number of plies, stacking 
sequence and fibre orientation [2, 15-16]. Hence, the 
conventional approach ignores filament-wound mosaic 
pattern configuration and thereby, the influence of this 
pattern on the stress distributions and effectively on 
the strength characteristics of the filament wound 
composite flywheel remain unexplored. 
The present work investigates the effect of mosaic 
pattern on the stress state developed in the filament 
wound spinning composite disk. Modelling and 
analysis of the filament wound spinning disk have 
been performed in ANSYS considering two different 
mosaic pattern configurations around the 
circumference of the disk. Actual thickness variation 
has also been taken into consideration for the finite 
element model development of the filament wound 
disk. Results of the stress analyses have been 
compared with those obtained by conventional finite 
element modelling of laminated shells. The analysis is 
aimed to demonstrate the effect of mosaic pattern 
created during filament winding process on the 
assessment of mechanical response of the filament-
wound spinning composite flywheel disk with varying 
stiffness properties. 

2 Filament winding pattern architecture 
The filament wound composite disk shown in Fig. 1 
consists of an even number of antisymmetric  
angle-plies [2, 15]. The helical filament winding 
process results in interlaced plies in the disk. So the 
resulting angle-ply layer has a particular type of 
repeating filament winding pattern around the 
circumference and along the radius (Fig. 1). This 
pattern consists of ‘curved triangular’ shaped two-ply 
units with alternating  and  fibre orientation 
(see Fig. 2) repeating in a chess-board fashion [15-16]. 
So the filament wound layer of the disk is comprised 
of multiple number of mosaic units of varying size 
depending on the filament winding parameters [15]. 
The spinning composite disk shown in Fig. 1 is 
manufactured following the inverse fabrication process 
as the shape and reinforcement of the final product are 
given [19]. Hence, a shell of revolution is fabricated 
by filament winding onto an inflated elastic mandrel at 
the first stage. After finishing the winding of desired 
winding pattern, the wound shell is compressed in the 
axial direction between two plates while the pressure 
in the mandrel is continuously reduced. Consequently, 
the shell is transformed into a flat disk and then resin 
in the composite material is cured after the 
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transformation is complete. Therefore, the finished 
filament wound composite disk has an annular band of 
smooth continuously turning fibre paths tangent both 
to the outer and inner periphery [1-2].      
Using the monotropic material model, i.e., neglecting 
the transverse ( ) and shear ( ) stresses in the 
unidirectional ply, equation for the fibre orientation 
angle in the spinning composite disk of a radius  and 
having a central opening of a radius  is specified as 
follows [2].             
  sin 1 2 1  (1) 

where  
 21  (2) 

The thickness of the disk is specified by 

 2 cos  (3)

where  is the number of fibrous tapes passing through 
the circumference  constant and  and  are the 
tape width and thickness, respectively. The disk 
thickness varies depending on the values of radial 
location  and fibre orientation angle  as can be seen 
from Eq. (3). 

3 Analysis techniques for filament wound 
structures  
Filament wound composite structures are usually 
modelled as laminated shells composed of either 
homogeneous orthotropic or antisymmetric balanced 

 angle-ply layers. The first approach assumes that 
the filament-wound shells are usually composed of a 
large number of  angle-ply layers. Each  angle-
ply layer is treated as orthotropic and homogeneous. 
The second approach deals with the angle-ply layer as 
an antisymmetric balanced laminate consisting of  
and –  unidirectional plies. The angle-ply layer in this 
case consists of two plies with the same thickness and 
fibre orientation angles  and – . Although a 
conventional finite element analysis (FEA) technique 
based on two aforementioned approaches provides 
greater flexibility over analytical solutions, the actual 
texture of the filament wound composite structures and 
mosaic pattern effects are not considered in widely 
used stress analyses employing commercially available 
FEA packages. The influence of mosaic pattern (MP) 
on the stress state developed in the filament wound 
composite rotating disk has been demonstrated in the 
present work by incorporating different mosaic pattern 
configurations in the modelling of the filament wound 
disk having varying thickness.  

4 Finite element modelling of a filament wound 
flywheel disk 
Results of the two dimensional plane stress finite 
element analysis of a filament wound composite 
spinning disk with various number of mosaic units 
around circumference are presented in the present 
paper. Both the development of finite element models 
and stress  analysis of the filament wound composite 
spinning disk  have been performed using ANSYS 
[20]. Modelling of the composite disk using 
SHELL181 element is governed by the first order 
shear deformation theory. 
Thickness variation of the disk having four plies has 
been determined according to Eq. (3) using chosen 
values of ,  and  from Table 1. The 
corresponding finite element model of the disk with 
varying thickness is shown in Fig. 3. Thickness at 
inner ( ) and outer ( ) radii of the disk has been 
assumed to be constant as fibre orientation at these 
locations is obtained to be 900 from Eq. (1). Two 
approaches have been used to model the filament 
wound disk. Firstly, the disk has been modelled using 
conventional approach (CA) according to which the 
disk is modelled as a laminated circular plate 
composed of four plies ,  with each 
ply having the fibre orientation angle of either  
or –  all over the disk (see Fig. 4(i)). Interlacing of 
plies is not considered in this case. Clearly, the actual 
texture of filament wound composite disk produced 
due to the interlacing of the plies is not reflected 
accurately through conventional modelling.  So to 
model the actual mosaic pattern configuration in the 
second approach, the disk has been partitioned into 
four and six mosaic units placed uniformly around the 
circumference as shown in Figs. 5(i) and 6(i), 
respectively. Correspondingly, the finite elements have 
been combined into the respective alternating groups. 
The composite material for the finite elements from 
each of these groups has been defined as either 
[ / / / ] or [ / // ] laminate for both four and six-unit 
finite element models. Modelling and stress analysis of 
a filament wound composite disk with constant 
thickness and various number of mosaic units around 
circumference have been presented by Uddin et al. 
[21].  
For each mosaic pattern unit, the layer configuration 
through the thickness of the disk is defined as layer by 
layer assembly starting from the bottom to the top. So, 
the bottom layer is counted as layer 1 and additional 
layers are stacked and numbered from the bottom to 
the top in the positive direction of the coordinate 
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normal to the reference surface. The middle plane of 
the laminate has been chosen as the reference surface. 
The layers of the filament wound composite disk 
under consideration have been reinforced along the 
radially varying fibre orientation trajectories  
defined by Eqs. (1) and (2). 

5 Stress analysis of the filament wound disk 

Dimensions of the considered filament wound disk and 
material properties used for FEA of 4-unit and 6-unit 
models are listen in Table 1. The disk has been rotated 
about its central axis at a constant angular velocity. 
Displacement and rotation boundary conditions have 
been applied at the nodes on inner and outer radii 
along both x and y axes (see Fig. 4(i)) of the working 
plane to prevent in-plane rigid body motion in both 
radial and circumferential directions and out-of-plane 
rigid body motion in axial direction.    
Radial ( ), tangential ( ) and shear ( ) stress 
distributions obtained for the top layer (layer 4) of 
different models are shown in Figs. 4 to 6. As can be 
seen, the stress distributions in the disk models with 
mosaic pattern differ substantially from those 
calculated on the basis of conventional modelling of 
laminated shells. The comparison of contour plots of 
various stresses for 4-unit (Fig. 5) and 6-unit (Fig. 6) 
disks clearly illustrates that the number of mosaic units 
around the circumference has significant effect on 
generated stress profiles that show diverse stress 
distributions at different locations of the disk. 
Moreover, the levels of maximum values of stresses 
due to rotational loading are also influenced by the 
incorporation of actual structural characteristics, such 
as mosaic pattern. For instance, the peak radial stress 
obtained from 4 and 6-unit models is about 22 and 45 
percent higher, respectively than that from 
conventional finite element analysis. Similarly, the 
maximum level of  predicted from 4 and 6-unit 
models is about 31 and 15 percent higher, respectively 
compared to that from conventional analysis. Contour 
plots of  also indicate greater fluctuation of the 
level of magnitude in case of mosaic pattern 
configuration. Contour plots of stresses along and 
across fibres, ,  and shear stress,  acting in 
different plies of the disk also demonstrate the 
distinctive variation of stress values among various 
mosaic units.            
It follows from the contour plots of stresses shown in 
Figs. 5 and 6 that in the real structure of the filament 
wound disk the stresses vary considerably from one 
mosaic unit to the adjacent ones both in the radial and 
circumferential directions. This is illustrated in Figs. 7 
to 11. Stress distributions around circumference (00 to 

1800) have been shown at a radial distance of 0.23885 
m for both 4 and 6-unit disks (see Figs. 7 to 9). At this 
radial location, two different mosaic units are arranged 
circumferentially in alternating fashion. These units 
are denoted as “Zone A” and “Zone B” in the stress 
plots.  
Distributions of both radial,  and tangential,  
stresses around circumference of 4-unit disk (see Fig. 
7) show that the stress values are substantially 
different from those obtained from the conventional 
finite element analysis. The real variation of stresses in 
the disk due to mosaic pattern configuration is not 
predicted by the conventional approach. Furthermore, 
the distributions of both  and  obtained from FEA 
of models with mosaic pattern maintain noticeably 
different levels of stress values at various locations 
compared to that calculated by conventional technique. 
With regard to the levels of magnitude predicted by 
conventional FEA, maximum 78 percent difference in 

 values and 75 in  values are realized.  
Similarly, distributions of both  and  around 
circumference for 6-unit disk (see Fig. 8) also 
demonstrate the difference in calculated stress values 
from one mosaic unit to the adjacent ones while the 
conventional technique predicts different distributions 
of stresses. The circumferential distribution of  
shown in Fig. 9 also illustrates highly varying values 
predicted from both 4 and 6-unit disks. On the other 
hand, conventional FEA predicts dissimilar fluctuation 
of shear stress values. Circumferential distributions of 

,  and  obtained from FEA of disks with 
mosaic pattern configuration also reflect the influence 
of the specific mosaic pattern texture of the composite 
materials. Therefore, the circumferential distributions 
of stresses clearly indicate the limitations of the 
conventional finite element analysis approach in 
analysing filament wound spinning composite disk as 
actual mosaic pattern is not incorporated in the 
conventional modelling. 
To demonstrate the limitation of the conventional 
approach in analysing filament wound spinning 
composite disk, stress distributions along the radius 
have also been plotted for a radial section of the disk. 
The stress distributions in the radial cross-section 
orientated at 450 counter clockwise from  axis are 
shown in Fig. 10 for 4-unit disk and in Fig. 11 for 6-
unit disk. The first unit of the mosaic pattern located in 
this radial cross-section and referred to the inner radius 
has been denoted as “Zone 1” and other consecutive 
units have been numbered sequentially.  
Comparison of stress distributions in different zones 
also clearly shows the variation of stress values 
obtained from mosaic pattern models and conventional 
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FEA. Results obtained from conventional FEA of 4-
unit disk do not reflect the variation of both  and  
in different mosaic units as shown in Fig. 10. With 
regard to the results obtained from conventional 
technique, various levels of variation of stress values 
are achieved from disks with mosaic pattern 
configuration. The maximum level of difference in  
values reaches 55 percent, whereas values of  
maintain 63 percent difference compared to the values 
determined using conventional FEA. 
Similarly, the distributions of  and  along the 
radius for the conventional model and 6-unit disk 
shown in Fig. 11 also demonstrate the difference of 
calculated stress values. For this case also, the 
maximum levels of difference in  and  values 
reach 55 and 35 percent, respectively compared to the 
values from conventional analysis. Depending on the 
location of radial cross-section, the maximum level of 
variation of stress values predicted from mosaic 
pattern models fluctuates considerably in comparison 
with those from conventional FEA.  The difference of 
calculated stress values in various mosaic units can be 
observed also in the distributions of  and . 
Hence, the significant influence of filament winding 
mosaic pattern on the stress state of the filament 
wound composite flywheel disk can be observed also 
from radial distributions of stresses at different radial 
cross-sections.                     
The influence of mosaic pattern configuration on the 
stress state of the disk can be clearly noticed also by 
comparing the calculated maximum values of stresses 
acting in different plies. As can be seen from 
maximum values of stresses listed in Table 2, the 
overall maximum stress values predicted using mosaic 
pattern models are substantially different from those 
values obtained using conventional FEA (e.g.  
2355 MPa (conventional) and  2832 MPa (6-unit 
disk) in layer 3). It appears that with the increase of 
number of mosaic units from 4 to 6 and corresponding 
reduction in the relative size of each unit, maximum 
values of stresses acting along and across fibres, ,  
increases. It indicates that the level of stresses 
developed in the filament wound flywheel disk could 
be underestimated to a certain extent by the stress 
analysis on the basis of conventional mechanics of 
laminated shells.     

6 Conclusions 
The finite element modelling and analysis of the 
filament wound composite flywheel disk have been 
performed to demonstrate the effect of mosaic pattern 
created during a filament winding process on the stress 
distributions and effectively on the strength of the 

structure.  The real structure of the filament wound 
disk composed of the interlaced plies has been 
replicated more accurately in the finite element 
modelling. The calculated stress values in different 
layers obtained from the disk models with actual 
thickness variation and mosaic pattern differs 
substantially from the stresses determined using 
conventional analysis technique of laminated shells.   
The results clearly show the sensitivity of the 
mechanical behaviour of filament wound composite 
disk to the effect of mosaic pattern configuration on 
stress distributions in different plies. The actual stress 
distributions could remain undetermined if mosaic 
pattern as well as real thickness variation is 
disregarded in the analysis process. The methodology 
proposed in this work would be helpful in designing 
filament wound spinning disks having radially varying 
fibre orientation angles.   

 
Fig. 1. A carbon-epoxy flywheel [2] 

 
 

 
Fig. 2. Curved triangular mosaic pattern with alternating 

fibre orientations 
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Fig. 3. Finite element model with varying thickness 

 
 

 

(i) Conventional model (ii)   

(iii)  (iv)  

Fig. 4. Conventional finite element model and corresponding contour plots of radial, tangential and shear stresses in annular 
filament wound composite spinning disk 
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Table 1: Dimensions and material properties for a filament wound composite spinning disk 

Dimensions (m) Material  Properties  

Outer radius ( ) – 0.30  

Inner radius ( ) – 0.1016  

IM6 – Epoxy (carbon-epoxy) 

Density – 1600 kg/m3 

E1 – 203.0 109 Pa 

E2 – 11.2 109 Pa 

G12 – 8.4 109 Pa 

– 2.5 10-2  

 – 1.0 10-2  

 – 484;  – 0.7 10-3 m  

 – 4.0 10-3 m 

 - 0.32  

 - 0.47 

 

 

  

(i) 4-unit disk (ii)  

  

(iii)  (iv)  

Fig. 5. 4-unit finite element model and corresponding contour plots of radial, tangential and shear stresses in annular 
filament wound composite spinning disk 
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(i) 6-unit disk (ii)  

  

(iii)   (iv)   

Fig. 6. 6-unit finite element model and corresponding contour plots of radial, tangential and shear stresses in annular 
filament wound composite spinning disk 

 

(i) (ii) 

Fig. 7. Distributions of (i)  and (ii)  around circumference for 4-unit disk 
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(i) (ii) 

Fig. 8. Distributions of (i)  and (ii)  around circumference for 6-unit disk 
 

 

(i) (ii) 

Fig. 9. Distribution of  around circumference for (i) 4-unit and (ii) 6-unit disk 
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(i) (ii) 

Fig. 10. Distributions of (i)  and (ii)  along radius for 4-unit disk 
 

(i) (ii) 

Fig. 11. Distributions of (i)  and (ii)  along radius for 6-unit disk 
 

 
Table 2: Maximum stresses from FEA of conventional and mosaic pattern models 

Filament winding patterns  (MPa)  (MPa)  (MPa)  (MPa) 

Layer number 3 4 3 4 3 4 3 4 

Conventional model 1080 890 1931 1954 2355 2043 183 190 

4-unit disk 884 868 1564 1556 2052 2039 156 172 

6-unit disk 1254 1064 1887 1908 2832 2615 197 228 
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1 General Introduction  
Shape-memory polymers (SMPs) are able to recover 
their original shape upon exposure to an external 
stimulus. The shape-memory phenomenon in SMPs 
arises from a dual segment system, in which one 
segment is highly elastic and the other is able to 
remarkably reduce its stiffness in the presence of a 
particular stimulus. SMPs have a far higher 
recoverable strain (up to 400%), much lower density, 
more convenient processing and fabrication 
techniques, and properties that are more easily 
tailored to better accommodate the requirements of a 
particular application than the shape-memory alloys 
(SMAs). In addition to these advantages, low cost-
not only for the materials themselves but also in 
processing and fabrication-enables the use of SMPs 
for a wide range of applications. In this article, 
synthesis of two novel thermosetting SMP, fiber 
reinforced SMP composites (SMPCs) and their 
electrical activation, as well as the applications of 
SMPCs are discussed. 

2 SMP Composite Coated with Nanopaper 

Conductive CNT and CNF nanopapers are primarily 
introduced for the actuation of shape recovery of an 
SMP by electrically resistive Joule heating.[1,2] The 
carbon nanopaper was manufactured using a 
traditional pressure vacuum deposition process. The 
generally accepted method of making carbon 
nanopaper involves the use of non-ionic surfactants, 
which aids the CNTs or CNFs dispersion into the 
aqueous or organic solvent. The suspension needed 
to be sonicated for a sufficient amount of time at 
room temperature, and then suspension was filtered 
through a hydrophilic or hydrophobic membrane 
filter with the aid of pressure to form nanopaper. 
The suspensions were membrane filtered under 
positive pressure to yield uniform films. The carbon 
individual was bonded by Van der Waals forces. 

After filtration, the remaining water and surfactants 
in the nanopaper was dried in an oven at 120oC for 
2h. The nanopapers were found to be porous, with 
the pore size determined by the weight concentration 
of the carbon individual. The nanopaper has a 
porous structure with the individuals entangled with 
each other. No large aggregates were found, 
indicating a uniform distribution and close packing 
in the nanopaper. A network structure was formed 
by the molecular interactions and mechanical 
interlocking between nanotubes or nanofibers. Such 
a continuous network made of individual nanotubes 
or nanofibers acts as a conductive path for electrons, 
making the nanopapers electrically conductive. 
Since CNTs and CNFs are two of the most 
electrically conductive materials known, nanopaper 
is considered one of the best candidates for a 
conductive material that would allow an insulating 
polymer to behave like a conductor. This, in turn, 
could lead to even greater advances in enabling 
these continuous networks to act as conductive paths. 
The electrical resistivity of the nanopaper enabled 
SMP composite was measured with the four-point 
probe method. The electrical resistivity of the SMP 
composites coated with different weight fractions of 
nanopapers was different from each other. For 
example, the SMP composites were coated with one 
layer of carbon nanopaper containing (either) 0.6, 
1.2, 1.8 or 2.4g of CNTs (or CNFs). As the weight 
of each nanopaper increased, the average electrical 
resistivity of the composite sample regularly 
decreased from 4.877 to 0.937 Ωcm (while 5.268 
decreased to 1.544 Ωcm for those coated with CNF 
nanopaper). The more carbon individuals present, 
the more conductive paths were formed in the 
nanopaper. Given more conductive paths in one bulk, 
more electrons are involved in an electrical circuit. 
Therefore, the electrical current amplitude and 
current-carrying capability increase. 
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The thicknesses of the four composite samples with 
various weight concentrations of nanopaper were 
kept constant. And the function and effectiveness of 
the nanopaper in the actuation of SMP composites 
by electrically resistive Joule heating were 
experimentally demonstrated. Figure 1 shows the 
recovery of the SMP composite coated with 1.2g 
CNT nanopaper as a proper electric current was 
applied. The shape recovery process of the flat 
(permanent shape) composite specimen with a 
dimension of 100×6×3 mm was demonstrated. 

 
Fig. 1. Series of photographs showing the macroscopic 
shape-memory effect of an SMP composite integrated 
with 1.2 g of CNT nanopaper.[1] ©Copyright 2008, 

Wiley-Vch Verlag Gmbh & Co. 

3 SMP Composite Incorporated with Nanopaper 
and Magnetic Alignment 

The synergistic effect of self-assembled carbon 
nanopaper and vertical alignments on the SMP 
composite was further studied to mitigate the 
negative effect of randomly dispersed CNFs on the 
recovery ratio. The combination of nanopaper and 
magnetic alignment was thus employed to improve 
both electrical and thermal conductivities of the 
SMP. The conductive nanopaper was used to 
improve the electrical property by coating on the 
surface of the SMP composite, to enable the shape 
recovery induced by electricity. Electromagnetic 
fillers were then blended with, and vertically aligned 
into the SMP resin in a magnetic field, to facilitate 
the heat transfer from the nanopaper to the 
underlying SMP part and effectively accelerate the 
electro-active recovery performance.[3,4] The 
vertical alignments directs the electric current to 
pass through the insulating polymer, and transfer the 
electric power into resistive heating power.  
In the previous experiment, it has been demonstrated 
that the electrical and thermal conductivities of the 
SMP have been significantly improved by the 
blended conductive CNFs. However, the recovery 
ratio of the tested SMP composites was slightly 

decreased by the randomly dispersed conductive 
fillers in the recovery process. Here, electromagnetic 
nickel nanostrand and CNTs were respectively 
blended with, and vertically aligned within the SMP 
resin on a magnetic field to facilitate heat transfer.  
The SMP composite blended with 8 wt.% vertically 
aligned nickel nanostrands was further utilized to 
demonstrate the electrically triggered actuation. 
Experimentally, the recovery process was 
characterized using a modified bending test method. 
The flat SMP composite was initially bent in a “U”-
like shape at a proper temperature. This temporary 
shape was retained until the specimen was cooled 
back down to room temperature. No apparent 
recovery was found after being kept in the air for 2 h. 
Figure 2 presents the recovery of the SMP 
composite from a fixed bent shape to its originally 
straight shape under a constant voltage.  

 
Fig. 2. Electrically resistive heating-induced SME of 

SMP/nanopaper nanocomposites with 8 wt% vertically 
aligned nickel nanostrands,[3] ©Copyright 2011, RSC 

Publishing. 
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1 General Introduction 

Using prepreg materials, traditional hand lay-up 
process is often adopted to manufacture composite 
components of aircrafts. With increasing use of 
composites in airplanes, this labor-intensive and 
time-consuming process is being challenged. To 
enhance product quality and increase productivity, 
automated tape laying (ATL) technique is developed, 
which lays up prepreg stacks with high efficiency 
and is suitable for producing parts with flat or large 
curvature radius surfaces [1–3]. However, ATL is 
unable to directly lay up more complex composite 
parts with angle-shaped structure, such as L-shaped 
stringers and C-beams. For this kind of components, 
a flat prepreg laminate is usually formed by ATL 
and then deformed into the designed shape with 
abrupt contours using hot diaphragm forming 
process. The formed prepreg structure is finally 
cured in an autoclave. Therefore, the hot diaphragm 
forming process realizes laying up complex 
structures through automated technology.  
The hot diaphragm forming process for 
thermosetting composite materials is a derivation of 
diaphragm forming of thermoplastic sheets. During 
the hot diaphragm forming process, a preformed flat 
lay-up laminate is typically placed between two 
layers of high ductility diaphragm films and heated 
by infrared heating. The prepreg structure is then 
stretched over mold to obtain the desired shape by 
application of vacuum pressure. This process is 
designed to allow the individual plies to slip against 
each other and quickly produce parts with designed 
angle-shapes and consistent qualities. The 
technology has already been successfully applied to 
the production of large composite structures, such as 
long truss of Boeing 777 and front wing spar of 
A400M [4, 5].  

In this article, C-shaped carbon fiber / epoxy prepreg 
preforms were produced using a designed hot 
diaphragm forming device under different 
processing temperatures and vacuum applying rates 
for two kinds of prepreg.  The manufacturing defects 
after diaphragm forming process were evaluated, 
including fiber wrinkling and voids. Furthermore, 
interlaminar slipping friction of the prepreg stacks 
were experimentally analyzed and compared to the 
quality of C-shaped laminates formed under 
corresponding processing conditions. Based on these 
results of experiments, the relationship of the 
prepreg properties and the forming qualities of the 
formed C-shaped prepreg laminates was discussed. 
These results are essential to optimize process 
parameters in hot diaphragm forming and produce 
prepreg preform without wrinkles. 

2. Experiment 

2.1 Materials 

The prepreg materials used in the study were 
unidirectional carbon fiber/epoxy resin 12500 
prepreg (Guangwei Co.) and unidirectional carbon 
fiber/epoxy resin X850 prepreg (Cytec Co.). The 
resin weight contents of 12500 prepreg and X850 

prepreg are 31.7  and 35.5 , respectively. In hot 
diaphragm forming process, the diaphragm material 
is SL850 (Airtech Co.) with breaking elongation of 
450 %, tensile strength of 82 N / mm

2
 and maximum 

operational temperature of 204 
o
C. 

For better understanding of the investigated material 
system, rheological measurements of these two 
kinds of epoxy resin used in the prepreg stacks were 

conducted at a heating rate of 10 /min using a 
rheometer (Gemini, Bohlin Instruments). The 
dissolution method was used to obtain the resin of 
prepreg. 
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2.2 Hot Diaphragm Forming Process 

A hot diaphragm forming device allowing a flat 
prepreg laminate to be formed into a C-shaped 
laminate was designed, as shown in Fig. 1. The 
apparatus has a heating system and an operating 
vacuum system, which can control the forming 
temperature and the vacuum level.  
To achieve desired forming temperature, the heating 
power of the lamps, the distance between the lamps 
as well as the distance between the lamps and the 
stack surface were adjustable. A silicone rubber 
heating film was placed inside the C-shaped mold 
and controlled by an electrical heating facility. The 
vacuum pump was connected to the vacuum box and 
the space between the two membranes, as shown in 
Fig.1 (b). A gas flow meter and a control valve were 
applied to the system to give the control of the level 
and rate of vacuum. At the same time, a vacuum 
gauge showed the current vacuum level during the 
process. 
Before the diaphragm forming process, flat prepreg 
stacks were prepared in the size of 300×180mm at 
ambient temperature and the stacking sequence of 
the laminate was [45/-45]8 cross-ply.  
During the diaphragm forming process, the mould 
was preheated accompanied by the flat stack under 
vacuum sealed state with the double diaphragms, 
and then the stack was heated by the infrared 
radiation lamps. After the stack was heated to the set 
temperature, vacuum in the vacuum box was applied 
and the flat preform progressively deformed into C-
shaped prepreg laminate based on the geometry of 
the tool. More detailed description of the hot 
diaphragm forming process using this device can be 
found in our previous work [6]. 

2.3 Characterization of the forming quality of 

prepreg preforms 

The C-shaped preforms made in this study have a 
flange length of 40 mm and a web length of 100 mm. 
The forming quality of the prepreg laminate was 
characterized by visual inspection for the surface 
morphology and micrograph observation of the 
cross-sections inside the preform.  
To preserve the states of the defects in preform and 
avoid the changes of the defects resulted from 
cutting and polishing operations during sample 
preparation, slow-curing method was employed for 
the preform. Firstly, the preform was slowly cured 
under 80

o
C for 8 h in oven without any exerted 

pressure. This curing condition can make the curing 
degree reach 80% and ensure maintaining the 
original states of the defects during sample 

preparation. Then the cured preform was cut to get 
samples from different positions, as shown in Fig. 2. 
The cross sections of samples were wet ground with 
successively finer silicon carbide paper, from 600 to 
2000 grit, and wet polished with chromium oxide. 
Finally, using an optical microscope (Olympus 
BX51M) the polished cross-sections were observed 
and void volume fractions were measured through 
the digital microscopy and image analysis to study 
the defects formed during the diaphragm forming 
process. 

2.4 Measurement for frictional resistance of 
prepreg 

To characterize the slipping ability between 
individual prepreg plies, a testing device was 
designed to be mounted in a standard tensile testing 
machine (SANS Ltd. Co., 5KN), as shown in Fig. 3. 
The testing principle of this device is similar to the 
ones of the apparatus used by Martin et al. [7] and 
Ersoy et al. [8] to measure the frictional resistance of 
thermosetting prepreg. 
The specimens used for measuring interply friction 
were prepared by folding two 370×35mm prepreg 
strips which enclosed two 150×35mm plies. The 
short prepreg strips were pulled out from the long 
ones. The testing area was 100×35mm. Since both 
sides of the short ones underwent frictional effect, 
the load measured was theoretically equal to twice 
value of inter-ply frictional force. More details can 
be found in Ref. [6]. 
The temperature and pulling rate during the tests 
were set according to hot diaphragm forming 
process parameters. The pressure of 0.1MPa was 
applied to the test area with the application of four 
calibrated spring-screw sets. The samples were 
tested under 30

 o
C, 45

 o
C and 60

 o
C with a cross-head 

speed of 1 mm/min, while others were examined 
under 50

o
C with cross-head speeds of 1 mm/min, 0.2 

mm/min and 0.1 mm/min, respectively. A minimum 
of six specimens were tested for each condition. As 
depicted in Fig. 4, there is a slippage between plies 
on the ends of the preform, which results from the 
difference in the radius of curvature of the plies 
during the forming. Thus, the cross-head speed v 
used for the ply pull-out tests was calculated as 
follows: 

( 1)

H

n t
 

 

 
(1) 

where H is the length of the thickness variation 

region, n represents the layer number of the 
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preform, t is the time when the flat preform is 
deformed to the C-shaped one. 
In this way, the cross-head speed was determined 
based on the actual prepreg slipping velocity 
between adjacent plies with different vacuum 
pressure applying rate during hot diaphragm forming 
process [6]. The cross-head speeds of 1 mm/min, 0.2 
mm/min and 0.1 mm/min in this paper correspond to 
the vacuum pressure applying rates of 2 L/s, 0.1 L/s, 
0.017 L/s, respectively. 

3. Results and discussion 

3.1 Effect of processing temperature on 

diaphragm forming process 

In hot diaphragm forming process, the forming 
temperature may have great influences on the resin 
viscosity and the ability of deformation for the 
prepreg stacks, so changes the forming process. In 
this section, the prepreg laminates with C-shaped 

structure were fabricated at 30 , 45  and 60
with a vacuum applying rate of 2 L/s for two kinds 
of prepreg, to study the effect of forming 
temperature on the quality of prepreg laminates. The 
surface quality and the defects of the formed prepreg 
laminates were analyzed to evaluate the forming 
quality. 
Photographs of surface quality for two kinds of 
prepreg laminates are shown in Fig. 5 and the 
surface quality looks different at different processing 
temperature. It can be observed from these photos 
that for the 12500 prepreg, the preform produced at 
30

o
C has some wrinkles, while the preforms 

produced at 45
o
C and 60

o
C both have good surface 

quality without wrinkle. For the X850 prepreg, the 
preforms produced at 30

o
C and 45

o
C have wrinkles, 

while the preform produced at 60
o
C has a good 

surface quality without wrinkle. Similar results also 
can be found from the micrographs of the cross-
sections inside the preforms, as shown in Fig. 6. 
This fiber buckling could affect the performance of 
cured composite component [9]. 
On the other hand, from Fig. 5 it can be seen that the 
void content decreases with the increasing 
temperature, indicating that higher temperature 
makes it easier to remove the entrapped air between 
plies during diaphragm forming process. In addition, 
the void content in the 12500 prepreg laminates is 
lower than that in the X850 prepreg laminates, 
which may be caused by the different surface 
morphology of the two prepregs [10]. 

3.2 Effect of forming rate on diaphragm forming 

process 

Different vacuum applying rates can change the 
shaping rate of curved structure, and so change the 
interply slipping behavior of prepreg. In this paper, 
to study the influence of forming rate on the forming 
quality of hot diaphragm formed C-shaped preform, 
the C-shaped X850 prepreg laminates were 
produced under 50

o
C with vacuum applying rates of 

2 L/s, 0.1 L/s, 0.017 L/s,  respectively.  
Fig. 7 presents the surface states of preforms 
produced at 50

o
C under different forming rates. The 

preform produced at 2 L/s shows some wrinkles at 
the corner. Visual inspection of the preform 
produced under 0.017 L/s shows good surface 
quality and no signs of wrinkles. The results are 
confirmed by their optical micrographs. This result 
agrees with the observations for forming 
thermoplastic composites in Refs. [11, 12] that faster 
forming rates increase the severity of buckling. 

3.3 Relationships between prepreg properties and 

forming qualities of prepreg laminates 

In hot diaphragm forming process, the interlaminar 
slip in prepreg stacks is one of the main mechanisms 
of deformation for producing angle-shaped structure. 
In order to further understand the formation of fiber 
wrinkles during the process, the friction behaviors 
between prepreg plies under the corresponding 
temperatures and rates were measured. 
Fig. 8 and Fig. 9 show the load-displacement 
behaviors of the representative specimens under 
different temperatures and forming rates, 
respectively. To simplify the results, the maximum 
value of interlaminar frictional force and the time of 
linear zone were extracted from the curves, as shown 
in Table 1 and Table 2. 
Compared to the forming qualities of prepreg 
laminates, it can be seen that no matter at different 
forming temperatures or at different forming rates, 
when the time of linear zone is bigger than the 
forming time of the C-shaped laminate, there are 
some wrinkles occurred on the surface of the 
perform, otherwise, there is no wrinkle. 
This is because that a straight curve means the ply-
bonding state of prepreg plies, indicating that the 
slipping between individual layers is weak. When 
the time of linear zone is greater than the forming 
time of the C-shaped laminate, i.e.: during the entire 
molding process the prepreg plies are in a bonded 
state, and therefore there are wrinkles easily 
occurred on the surface of performs. When the time 
of linear zone is less than the forming time of the C 
shaped prepreg laminate, the adhesive state 
transforms into a sliding state for prepreg layers in 
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the molding process, the ability of relative 
movement improves and thus wrinkles disappear. 
Accordingly, the time of linear zone extracted from 
the curves of frictional resistance test can be defined 
as the biggest forming time of C-shaped prepreg 
laminate with wrinkles, which is helpful to control 
defects during the fabrication of C-shaped performs 
using the hot diaphragm forming process. 

4. Conclusions 

In this study, C-shaped prepreg preforms produced 
in a home-made diaphragm forming laboratory 
facility were used to study the influences of process 
temperature and vacuum applying rate on the 
preform processing quality, including fiber 
wrinkling and voids. Furthermore, interlaminar 
slipping friction of the prepreg stacks were 
experimentally analyzed and compared to the quality 
of C-shaped laminates formed under corresponding 
processing conditions.  
The results show that temperature and vacuum 
applying rate both have great impacts on the surface 
quality of performs. Low temperature and high 
forming rate easily cause poor sliding of prepreg 
layers and large frictional force, which are the main 
reasons for fiber wrinkling at the corner of the 
preform. In addition, there is a close relationship 
between prepreg properties and forming qualities of 
parts, and a critical condition was achieved for 
optimizing processing conditions for the hot 
diaphragm formed C-shaped laminates, which 
provides an effective solution to defects control of 
traditional process. 
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(a) Photograph                                                           (b) Schematic presentation 

Fig. 1. Hot d iaphragm forming device  

 

 

Fig. 2. Regions of the cured C-shaped laminate for micrograph observation 

 

              

(a) Photograph                                                    (b) Test configuration 

Fig. 3. Frict ional resistance testing device 
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Fig.4 Frictional resistance testing device 

 

         

(a) 30  

          

 (b) 45  
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(c) 60   

Fig. 5. Photographs of surface quality of prepreg laminates fabricated at different temperature  

(12500 prepreg on the left and X850 prepreg on the right) 

 

           

(a) 30  

          

(b) 45  
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(c) 60  

Fig. 6. Micrographs of cured C-shaped prepreg laminates fabricated at different temperatures 

(12500 prepreg on the left and X850 prepreg on the right) 

 

           

(a) 2 L/s 

          

(b) 0.1 L/s  
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(c) 0.017 L/s  

Fig. 7. Quality of C-shaped X850 prepreg laminates fabricated at different rates 

(Photographs on the left and Micrographs on the right) 

 

 

(a) 12500 prepreg                                                         (b) X850 prepreg 

Fig. 8. Frict ional resistance of prepreg layers at different temperatures 

 

 

Fig. 9. Frict ional resistance of X850 prepreg layers at different rates 
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Table 1. Comparisons of parameters of two kinds of prepreg at different temperatures 

Pepreg T ( ) 
Max. Frictional 

resistance (N) 

Forming 

time (s) 

Time of linear 

zone (s) 

12500 

30 701.6 12 240 

45 76.0 12 11 

60 57.0 12 11 

X850 

30 2572.0 12 446 

45 377.6 12 310 

60 103.0 12 8 

 

Table 2. Comparisons of parameters of X850 prepreg at different rates 

Rate 

(mm/min) 

Max. Frictional 

resistance (N) 

Forming 

time (s) 

Time of linear 

zone (s) 

1 220.4 12 87 

0.2 123.2 71 72 

0.1 96.6 138 60 
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1 Introduction 

Flame retardancy of plastics and composites is 

critically important in related industries. Polymers, 

which are hydrocarbon-based organic materials, are 

subject to flame and toxic gases upon firing and, in 

general, have poor flame resistance. Accordingly, 

flame-resistant polymers are needed in the 

applications subject to flame. In particular, flame-

retardancy is critically important in fiber-reinforced 

plastics for safety regulation requirement [1-3]. 
Industries and academia, which have been dealing 

with fiber-reinforced polymer composites, have been 

seeking for environmentally-benign composite 

materials with flame retardancy [3,4]. Natural fiber-

reinforced biocomposites are less expensive, 

biodegradable, and also contributing to the reduction 

of carbon dioxide during the cultivation [5]. In 

addition, they are light-weight due to low density of 

natural fibers, good mechanical properties and 

abrasion resistance [4]. For many years, therefore, 

natural fiber-reinforced biocomposites have been 

utilized to replace glass fiber-reinforced composites 

due to their advantages with natural fibers [6-8]. 

Recently, poly(lactic acid) (PLA) has also been 

increasingly studied as alternative of a synthetic 

polypropylene. PLA is the most promising 

biodegradable polymer resin with good mechanical 

properties and processibility [9-11]. However, uses of 

PLA are restricted due to its low flame resistance 

[12-14]. Therefore, it would be desirable if PLA 

exhibits improved flame retardancy. In particular, 

once PLA is utilized in automobile and building 

interiors, electronic parts and housings [15]. Kenaf is 

one of the most utilized cellulose-based natural fibers 

in biocomposite systems. 
A number of papers on kenaf/PLA biocomposites 

have been reported during the past years [12,16-18]. 

However, studies on the flame retardancy on 

kenaf/PLA biocomposites have been rarely found. 

Consequently, the objective of the work is to 

investigate how incorporation of ammonium 

polyphosphate (APP) into PLA matrix influences the 

flame retardancy, thermal stability, thermo-

dimensional stability, and the dynamic mechanical 

and tensile properties of kenaf/PLA biocomposites, in 

terms of limiting oxygen index (LOI), thermal 

decomposition, thermal expansion, tensile modulus 

and strength, storage modulus, and tan δ. 

2 Experimental 

2.1 Materials 

Kenaf fibers used in this work were supplied from 

Bangladesh. Ammonium polyphosphate (APP) used 

as flame retardant was purchased from Chemizone 

Inc., Korea. PLA (Grade 2003D) was purchased from 

NatureWorks
®
. 

2.2 Processing of Kenaf/PLA Biocomposites 

A twin screw extruder (BT-30-S2-421, LG Machine    

Co., Korea) was used to compound PLA and APP. 

The screw diameter was 30 mm each and the L/D 

ratio of 42. The screw speed was 130 rpm and the 

feeding rate was 5.5 kg/h. The barrel temperature was 

in the range of 130~180°C. Kenaf/PLA 

biocomposites were made by compression molding 

using PLA pellets containing APP and chopped kenaf 

fibers. The fiber contents were 40 wt%. The APP 

contents varied from 0 to 50 wt%. The ‘as-supplied’ 

kenaf fibers were chopped to about 3 mm in average. 

The dimensions of the biocomposites obtained were 

150 mm x 100 mm x 3.5 mm. 
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2.3 Characterization 

The LOI test was conducted at ambient temperature 

using a vertical-type oxygen index tester (FTT Co.) 

according to ISO 4589 [19]. The specimen 

dimensions were 80 mm long, 10 mm wide and 3.5 

mm thick. UL-94 test was also performed according 

to ASTM D 3801 [20] using UL-94 vertical flame 

chamber (Fire Testing Technology: FTT Co.) in order 

to evaluate the flame resistance of kenaf/PLA 

biocomposites loaded with APP. The dimensions of 

each specimen were 127 mm x 12.7 mm x 3.5 mm. 

Thermogravimetric analysis (TGA Q500, TA 

Instruments) was carried out using a can-type 

alumina pan to 500°C purging a nitrogen gas to 

examine the thermal stability of PLA and kenaf/PLA 

biocomposites. The heating rate was 20°C/min. 

Thermomechanical analysis (TMA 2940, TA 

instruments) was performed using an expansion 

mode to 150°C purging a nitrogen gas to explore the 

thermal expansion behavior. The heating rate was 

5°C /min. DMA (Q800, TA Instruments) was used to 

measure the storage modulus, loss modulus and tan δ 

of each composite. A dual cantilever mode was 

applied. Each DMA measurement was performed 

from 30 to 150°C with the heating rate of 3°C/min 

and the oscillation amplitude of 0.2 mm at 1 Hz. The 

specimen dimensions were 60 mm long, 12 mm wide 

and 3.5 mm thick. 

Tensile tests were conducted using a universal testing 

machine (UTM, AG-50kNX, Shimadzu) according to 

DIN 53 445. The crosshead speed was 5 mm/min. 

The load cell of 50 kN was used. The specimen 

dimensions were 150 mm x 15 mm x 3.5 mm. Average 

tensile strength and modulus were obtained from 10 

specimens of each composite. A scanning electron 

microscope (JSM 6380, JEOL) was used to observe the 

surfaces of PLA and the biocomposites fractured by 

tensile testing. The electron beam voltage was fixed 

to 10 keV. The SEM images were obtained using a 

secondary electron image (SEI) method. All the 

specimens were platinum-coated by sputtering. 

 

3 Results and Discussion 

3.1 Flame Retardancy 

Fig. 1 displays photos taken by a digital camera for 

the specimens remained after the LOI test with 

various kenaf/PLA biocomposites. The following 

describes the LOI testing procedure. Given for the 

kenaf/PLA biocomposite specimens shown in Fig. 

1A, the first specimen was ignited in the presence of 

a certain oxygen concentration in air and checked out 

the specimen loss of 5 cm for 3 min. Once the 

specimen was not consumed for the duration of 3 

min, the first test was temporarily stopped and then 

the oxygen concentration was increased slightly for 

the second specimen. This procedure was repeated 

with the increment of oxygen concentration by 0.2% 

until the 5 cm in length was consumed or lost from 

the top of each specimen for 3 min. 

 

 
         Before                    After 

 
Before                    After 

 
Before                    After 

 
Before                    After 

 
Before                    After 

 

Fig. 1. Photos for the specimens before (left) and 

after (right) LOI test with kenaf/PLA biocomposites 

without (A) and with various APP loadings (B to E). 

B: 10 wt%, C: 20 wt%, D: 30 wt%, E: 50 wt%. 

ICCM19 3077



 

3 

 

The five specimens in each figure from A to E 

represent a series of biocomposites from the 

beginning to the end of LOI test, displaying their 

appearances at each testing stage. The far left 

specimen represents the beginning stage of the test 

and the far right one shows the ending stage of the 

test. The tested specimens in the corresponding 

testing stage looked similar, as seen in each figure 

from A to E. However, the amount of oxygen 

required for the LOI test was varied depending on 

flame retarding capability of the biocomposite 

specimen, resulting in different LOI values, as shown 

in Table 1. 

Table 1 compares the limiting oxygen index values 

among kenaf/PLA biocomposites without and with 

APP at various loadings. The LOI values 23.9, 32.1, 

35.2, 38.4, and 45.3, which were obtained from the 

fifth specimens of each sample, are shown in Fig. 1. 

The higher LOI value the greater flame retardancy of 

the biocomposite sample. The LOI value of the 

composite without APP was 23.9. The value was 

gradually increased with increasing the APP content 

from 32.1 for 10 wt% to 45.3 for 50 wt% APP, 

exhibiting an improvement of the flame retardancy of 

about 90%. This remarkable increase in the LOI 

value indicated that APP played an effective role in 

retarding the flammability of kenaf/PLA 

biocomposites. 

Table 1 also indicates whether the present kenaf/PLA 

biocomposites without and with APP were failed or 

passed by the UL-94 test. V-0 indicates the 

specimens were passed according to the standard ISO 

4589. The result reflected that the LOI value should 

be higher than 35 to be successful for the UL-94 test 

and the higher value would be good to be a flame 

retardant biocomposite material. The correlation 

between the LOI and UL-94 results has been found in 

other studies [14,21-23]. 

Table 1. LOI values and UL-94 test result of 

kenaf/PLA biocomposites with various APP loadings 

 

APP in PLA (wt%) 0 10 20 30 50 

LOI Test 23.9 32.1 35.2 38.4 45.3 

UL-94 Test Fail Fail V-0 V-0 V-0 

 

It was concluded based on the LOI and UL-94 test 

results that APP acted as an excellent flame retardant 

of kenaf/PLA biocomposite, resulting in the 

increased LOI value, as similarly found in other 

literatures [24,25]. 

3.2 Thermal Stability 

Fig. 2 shows the variations of the thermal stability of 

kenaf/PLA biocomposites without and with APP. The 

kenaf/PLA biocomposites without APP exhibited 

obvious weight loss above about 270°C and abrupt 

weight loss above 300°C down to 370°C. Its thermal 

stability was greatest up to about 330°C among the 

samples measured. It was clear that with the addition 

of APP to the kenaf/PLA the thermal stability above 

330°C was apparently increased with increasing the 

APP loading [3,26]. The residual weights near 500°C 

were about 1, 13, 25, 30 and 40% for 0, 10, 20, 30 

and 50 wt% APP, respectively [26,27]. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 2. TG (top) and DTG (bottom) curves measured 

in N2 for kenaf/PLA biocomposites without (A) and 

with various APP loadings (B to E). 

According to the derivative thermogravimetric (DTG) 

curves, the incorporation of APP shifted the fastest 

E 

D 

C 

B 
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weight loss temperature to the higher temperature 

region by about 20°C. The small peaks in the range 

of 270 to 320°C were due to the presence of APP in 

the PLA matrix, leading to an additional weight loss 

around 300°C, as seen in the thermogravimetric (TG) 

curves. 

3.3 Thermo-dimensional Stability 

Fig. 3 represents the thermal expansion behavior of 

kenaf/PLA biocomposites without and with APP, 

showing the thermo-dimensional change as a 

function of temperature. Overall, the thermo-

dimensional stability was higher in the kenaf/PLA 

biocomposites with APP than that without APP even 

though the specimen without APP exhibited a slightly 

higher stability in the low temperature region of 50-

80°C.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 3. TMA curves measured with kenaf/PLA 

biocomposites without (A) and with various APP 

loadings (B to E) as a function of temperature. 

 

Table 2. CTE values measured at different 

temperature regions for kenaf/PLA biocomposites 

with various APP loadings 

 

Biocomposite 
CTE (㎛/℃) 

50~80℃ 80~120℃ 120~150℃ 

 0APP-PLA 0.393 1.010 1.672 

10APP-PLA 0.652 0.868 1.193 

20APP-PLA 0.500 0.634 0.901 

30APP-PLA 0.392 0.528 0.780 

50APP-PLA 0.278 0.369 0.544 

The coefficients of thermal expansion, which were 

determined from the slope of each TMA curve, were 

lower in the biocomposites with APP than without 

APP, as summarized in Table 2. Also, the CTE 

values decreased with increasing the APP loading. 

The CTE of kenaf/PLA biocomposites with 50 wt% 

APP was 61-67% lower than that without APP, 

particularly at above 80°C. 

3.4 Dynamic Mechanical Properties 

Fig. 4 displays the dynamic mechanical properties of 

kenaf/PLA biocomposites without and with APP at 

various loadings. The storage modulus was 

considerably increased with increasing APP loading 

[28]. Only with the addition of 10 wt% APP, the 

storage modulus of kenaf/PLA biocomposite was 

remarkably increased in comparison to the sample 

without APP. At room temperature, the storage 

modulus of the composite with 50 wt% APP was 

about 3 times greater than that without APP and 

about 40% higher than that with 10 wt% APP. At 

80°C, it was found that the modulus enhancement 

was much larger. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 4. Storage modulus and tan δ of kenaf/PLA 

biocomposites without (A) and with different APP 

loadings (B to E). 
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The biocomposite without APP exhibited about 300 

MPa at 80°C whereas the biocomposite with 50 wt% 

APP exhibited about 4100 MPa. It reflects that the 

incorporation of a flame retardant APP into the PLA 

matrix made the biocomposite stiffer. In addition, the 

kenaf/PLA biocomposites with 30 wt% APP and 

higher did not show the upward curve in the range of 

90-110°C, which was resulted from recrystallization 

of PLA matrix resin during the measurement. Tan δ 

peak temperature, which can be referred to as glass 

transition temperature, was shifted to a higher 

temperature with increasing the APP content. The 

peak height, which can be related with the damping 

property of a material, was markedly decreased with 

the ATH content, reflecting a reinforcing effect by 

APP as well as by kenaf fibers. 

3.5 Tensile Properties 

Fig. 5 shows the tensile modulus, tensile strength and 

elongation at break of kenaf/PLA biocomposites as a 

function of APP content incorporated in the PLA 

matrix. The tensile modulus was gradually increased 

with increasing the APP loading [21], indicating 

about a 35% improvement from 3.4 GPa at 0 wt% 

APP to 4.6 GPa at 50 wt% APP. This improvement 

was agreed with the improvement of the storage 

modulus in the DMA result, leading to a stiffening of 

the kenaf/PLA biocomposite. It has been studied 

earlier [29,30] that kenaf fibers effectively 

contributed to enhancing both dynamic storage 

modulus and tensile modulus. The modulus was 

increased with increasing the kenaf up to an optimal 

loading. It is said that the incorporation of APP in the 

PLA matrix to make kenaf/PLA biocomposite can 

play a role not only in providing flame retardancy to 

the biocomposite but also in further enhancing the 

modulus. It was expected that the addition of APP 

higher than 50 wt% might be detrimental to the 

mechanical properties because there were some 

dispersion difficulties in processing APP/PLA pellets 

by means of twin-screw extrusion technique. This is 

why we did not extend our study with kenaf/PLA 

biocomposites including APP higher than 50 wt%. 

The tensile strength of the biocomposite was 

gradually decreased with increasing the APP loading 

[31]. It indicates that APP may cause microstructural 

defects in the PLA matrix and the micro-defects may 

be locally existed more. Percent elongation at break 

of the biocomposite was slight increased with 

increasing the APP, showing about 2% increase at 50 

wt% APP.  Therefore it may be said that APP was 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 5. Comparisons of tensile modulus (A), strength 

(B), and elongation at break (C) of kenaf/PLA 

biocomposites without and with various APP 

loadings. 
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weak and soft, compared to PLA. It is, in other words, 

stressed that APP played a triple role in the 

kenaf/PLA biocomposite: effective flame retardant, 

stiffening and toughening filler. 

3.6 Fracture Surface Observations 

Fig. 6 shows the scanning electron microscopic 

images of the fractured surfaces of kenaf/PLA 

biocomposites without and with various APP 

loadings. It was observed that the matrix part of the 

fractured surfaces became rough with increasing the 

APP. It seems that the PLA matrix is brittle, as 

expected. This slightly changing surface roughness of 

the matrix was consistent with the variation of the 

elongation at break of the PLA-based biocomposite. 

It was also found that the interfacial bonding between 

the kenaf fiber and the PLA matrix was poor in the 

biocomposite without APP and with 10 wt% APP. 

However, the interfacial bonding was relatively good 

in the higher APP loadings. It is likely that this SEM 

result more or less support the thermal and 

mechanical result qualitatively. 

 

4 Conclusions 

1) PLA pellets including ammonium polyphosphate 

(APP) at various contents were successfully 

processed by means of twin-screw extrusion 

technique. 

2) Kenaf/PLA biocomposites incorporated with APP 

had good flame retardancy, particularly indicating the 

LOI value of 45.3 and the V-0 level of UL-94 test at 

50 wt% APP. 

3) The thermal stability at high temperature region 

above 350°C and the thermo-dimensional stability 

studied in terms of coefficient of thermal expansion 

were increased with increasing APP contents. 

4) The dynamic storage and tensile moduli were 

considerably increased with increasing APP contents. 

5) The incorporation of APP into PLA matrix 

decreased the tensile strength but increased the 

elongation at break. 

In conclusions, flame-retardant kenaf/PLA 

biocomposites were successfully developed by 

introducing APP into PLA at an appropriate loading. 

It was noticed that APP simultaneously played a 

triple role in the kenaf/PLA biocomposite: an 

effective flame retardant, a stiffening filler, and a 

toughening filler. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 6. SEM images of the fractured surfaces of 

kenaf/PLA biocomposites without (A) and with 

various APP loadings. B: 10 wt%, C: 20 wt%, D: 30 

wt%, E: 50 wt%. 
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1. Introduction 

Because of their excellent mechanical properties and 

electrical properties, carbon nanotubes have been the 

research focus in materials of physics and chemistry 

[1-2]. Carbon nanotubes have been widely applied in 

electronic devices [3], absorbing materials and 

reinforcements [4]. However, because of the weak 

magnetic properties of carbon nanotubes, they can 

hardly been used in electromagnetic shielding. At 

present, many researchers have enhanced their 

magnetic properties by covering iron, cobalt or nickel 

via chemical modification, Such as electroless plating, 

electroplating [5] and chemical vapor deposition [6]. 

Electroless Plating initiates metal deposition on the 

surface of the substrate from the catalytic active 

center. So it has the advantage of small plating grains 

and low porosity which other modifications do not 

possess. Xue [7]
 

covered iron-cobalt alloy with 

utilizing eletroless plating. Because iron does not 

have catalytic activity, there are little reports about it 

used in electroless plating. However, iron has high 

saturation magnetization value. There are many new 

properties when nano-iron is covered on the surface 

of carbon nanotubes [8]. Then the modified carbon 

nanotubes can be used in structure-function 

integrated composite material. In this study, 

electroless plating was used to coat Fe on the 

multi-walled carbon nanotubes’ surface and the 

electromagnetic parameters of MWCNTs composites, 

Fe-MWCNTs composites were measured to calculate 

absorbing properties. It is found that the microwave 

absorption properties of MWCNTs composites are 

improved. 

2. experiment section 

2.1. Electroless plating Fe onto MWCNTs’ surface 

MWCNTs were purchased from Shenzhen Nanoport 

Company, and the purity was claimed to be 95% by 

the manufacturer. The MWCNTs were purified by 

ultra-sonication in a concentrated sulfuric acid/nitric 

acid (3:1, v/v) for 4 hours. The purified MWCNTs 

were filled in the aqueous solution of SnCl2 and 

concentrated muriatic acid to reacting for 60min 

followed by filtrating and drying. Then the MWCNTs 

particles were filled into the aqueous solution of 

PdCl2 and concentrated muriatic acid to reacting for 

another 60min. The as-prepared MWCNTs were 

finally filled in the aqueous solution of Na3C6H5O7, 

FeSO4·7H2O and NaH2PO2. The pH of the solution 

was adjusted by ammonia. The reaction continued 

until no bubbles arising. The solution was filtrated 

under vacuum and the as-prepared Fe-MWCNTs 

were dried in a vacuum drier. 

2.2. Material characterization 

The morphology of MWCNTs was observed by 

field-emission scanning electron microscope 

(Apollo-300 OXFORD Corporation) and 

Transmission Electron Microscope (JEM-2100F) as 

well as the elemental components was presented by 

the energy-dispersive X-ray detector (EDX, 

HORIBAEX-250). X-ray diffraction pattern was 

tested by D/max diffraction instrument. Static 

magnetic properties were obtained by Vibrating 
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Sample Magnetometer (LDJ9600). Electromagnetic 

parameters were tested by Vector network analyzer 

(HP-8722ES) 

3. Results and discussion 

3.1 Mechanism of covering Fe on surface of CNTs 

by electroless plating 

A large number of hydroxyl groups and carboxyl 

groups were produced after pretreating CNTs [9]. The 

two kind groups are strongly nucleophilic and 

attached Sn
2+

 to the surface of CNTs. After that, the 

Pd
2+

 is reduced by Sn
2+

 to become catalytically active 

center which caused nano-iron produced on the 

surface of CNTs. The chemical equations are as 

follows: 

2 2 4Sn Pd Sn Pd      (1) 

 
(2) 

 
(3) 

2 2 2Fe H Fe H     (4) 

3.2 Analysis of Fe-CNTs’ morphology 

The surface of original CNTs (Fig. 1a) is smooth, 

while that of Fe-CNTs (Fig. 1b) is coarse. At the 

same time, little free iron can be observed by FESEM. 

The results show that iron is covered on the surface 

of CNTs. To obtain the result of the Fe-MWCNTs 

with the method of the electroless plating, the 

morphology of the Fe-MWCNTs is observed with 

FETEM. Black dots（Fig. 2b） are seen on the surface 

of the nanotubes, which indicated that the metal has 

been coated on the surface of the nanotubes, since in 

the FETEM image of original materials（Fig. 2a）, no 

such black dots exist. Furthermore, the element 

content of iron is ~15wt% known from the EDS. 

From Electron diffraction images of Fe-MWCNTs 

(Fig. 2c) manifest existence of polycrystalline. And 

the HRTEM figure (Fig.2d) shows the interline 

spacing is ~0.203nm, which proves the existence of 

bcc-type Fe (JCPDS card NO.06-0696). 

3.3 Analysis of the metal structure covered on the 

CNTs’ surface 

XRD patterns of the Fe-MWCNTs are also tested to 

further ensure the existing of Fe, as shown in Fig. 3. 

For Fe-MWCNTs, the diffraction peaks at 2θ=44.5°, 

65.2° and 82.3° can be well indexed to the cubic 

bcc-type Fe crystals. 

3.4 Research on static magnetic properties of 

Fe-CNTs 

To estimate the magnetic properties of as-synthesized 

samples, the magnetic hysteresis loops at 300K are 

characterized, as shown in Fig. 4. The curve of 

O-MWCNTs (Fig. 4a) is such a horizontal line that 

no magnetic features are observed, which 

corroborates the fact that O-MWCNTs is a 

non-magnetic material. In contrast, the result of 

Fe-MWCNTs is an S-shaped loop (Fig. 4b), from 

which we can learn that the saturation magnetization 

value reaches 15.18emu/g and the coercivity is about 

13.95Oe. Such characteristics suggest that 

Fe-MWCNTs nano-composites are a kind of 

ferromagnetic materials with small hysteresis area 

and they can be easily magnetized [10]. 

3.5 Research on electromagnetic properties of 

Fe-CNTs 

In the test, the paraffin wax was used as a binder. The 

CNTs powder was made cylinder whose inner 

diameter of 3mm, outer diameter of 7mm, thickness 

of 2mm. The content of CNTs was 20wt%. From 

Figures of electromagnetic parameters (Fig 5), the 

original CNTs have higher dielectric constant than 

Fe-CNTs’. Fe-CNTs’ real part of permittivity is about 

7 at range of 2-18GHz. While imaginary part of 

permittivity is just about 0.7. The real part of 

permeability ranges from 0.96 to 1.02. Imaginary part 

of permeability gradually decreases, which is good 

for expanding absorption band 
[11]

. Compared with 

the original CNTs, dielectric constant of Fe-CNTs is 

lower. The reason is that CNTs’ graphite structure 

was damaged in the process of electroless plating. 

From the above analysis, the results show that 

2

2 2 2 3 2H PO H O HPO H H     

2H H H 
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Fe-CNTs’ magnetization performance improves, but 

its magnetic loss slightly declines. 

For further investigation of the microwave absorption, 

the reflection loss of MWCNTs and Fe-MWCNTs are 

calculated. The reflection loss curves of MWCNTs, 

Fe-MWCNTs are shown in Fig. 6. The reflection loss 

of a microwave absorbing layer is given by 

R=20lg Γ  （1） 

in 0

in 0

Z -Z
Γ=

Z +Z
 （2） 

r
in 0 r r

r

μ j2πd
Z =Z tanh ε μ

ε λ

 
 
 

 （3） 

Where Zin is the normalized input impedance, c is the 

velocity of electromagnetic waves in free space, and 

d is the thickness of the absorbing layer. 

The reflection loss of original CNTs and Fe-CNTs are 

negative number, which means both of them absorb 

the microwaves. The R of original CNTs reaches the 

lowest point at 16.0GHz. While the lowest point of 

Fe-CNTs’ R is -7.0dB at 17.5GHz. At the same time, 

the frequency width of the R <−5dB is 4GHz. 

Combined with the electromagnetic parameters, the 

reason for the result is that Fe-CNTs’ impedance 

matching and loss matching is better than original 

CNTs’ [11]. 

4. Conclusion 

In this study, the cubic bcc-type iron is covered on 

the surface of CNTs with electroless plating. The 

static magnetic properties have largely improved, and 

the saturation magnetization reaches 15.18emu/g. At 

the same time, the absorbing properties have also 

increased, which means the Fe-CNTs can be used as 

absorbers in the structure-function integrated 

composite material. 
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Fig. 1. FESEM images of MWCNTs: a O-MWCNTs; b Fe-MWCNTs 
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Fig. 2. TEM images of MWCNTs: a and b. O-MWCNTs; c and d. Fe-MWCNTs 

ICCM19 3088



THE 19
TH 

INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

Fig. 3. XRD patterns of MWCNTs: a O-MWCNTs; b Fe-MWCNTs 

 

Fig. 4. The hysteresis loops of MWCNTs: a. O-MWCNTs; b. Fe-MWCNTs 

10 20 30 40 50 60 70 80 90

(a) O-MWCNTs

C(002)

In
te

n
s

it
y

(c
p

s
)

2(deg.)

Fe(110)

Fe(200)
Fe(211)

C(002)

(b) Fe-MWCNTs

 

 

-15000 -10000 -5000 0 5000 10000 15000

-15

-10

-5

0

5

10

15

(a)O-MWCNTs

M
s
(e

m
u

/g
)

Magnetic Field (Oe)

(b)Fe-MWCNTs

 

 

-400 -300 -200 -100 0 100 200 300 400

0

(a)O-MWCNTs

M
s
(e

m
u

/g
)

Magnetic Field (Oe)

(b)Fe-MWCNTs

 

 

 

 

ICCM19 3089



THE 19
TH 

INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
Fig. 5. The complex permeability of MWCNTs: a O-MWCNTs; b Fe-MWCNTs 
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Fig. 6. The reflection loss curves of MWCNTs: a. O-MWCNTs; b. Fe-MWCNTs; 

 

Table. 1 The saturation magnetization and coercivity of MWCNTs 

 Ms(emu/g) Hc(Oe) 

O-MWCNTs 0.16 - 

Fe-MWCNTs 15.18 13.59 
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1 Introduction  
The manufacture procedure of carbon fibre 
reinforced composites has decisive effects on the 
quality of the end product[1-4]. Cure pressure is 
considered as a key factor to influence the formation 
and growth of voids, to which the ultrasonic 
attenuation of composite laminates is quite sensitive. 
Numerous works have been undertaken on 
describing the relevance between cure pressure and 
voids in composite laminates[5-9]. A systematic 
research that established a pressure-temperature-
humidity stability map was conducted by Kardos et 
al.[5], in order to identify conditions for void growth 
or dissolution. Many authors found an exponentially 
decrease of void content in the ordinary laminates 
along with the increase of cure pressure[6-8]. Jong et 
al.[9] suggested an increase of the void content in 
the early stage of the pressure increasing in 
carbon/phenolic laminates, which resulted from the 
gas products generated during the cure reaction. 
However, there have not been such studies on 
carbon/benzoxazine(BBZ) laminates. On one hand, 
the cure reaction of benzoxazine does not generate 
gas products, which is similar to the ordinary resin. 
On the other hand, benzoxazine was synthesized by 
phenols and formaldehyde, which is similar to 
phenolic resin. 
Many experimental methods have been taken by 
researchers in consideration of the relationship 
between the void and ultrasonic attenuation[3][10-
14]. Almeida et al.[3] presented a fracture criterion 
correlating the ultrasonic attenuation to the strength 
of composite laminates, which aimed at determining 
the maximum allowable ultrasonic attenuation of a 
composite laminate for a specific loading condition. 
An easily operable and potentially useful method 
which was developed by Stone and Clarke[10], built 
a bi-linear relationship to describe the variation of 
attenuation with void content. Efforts were also 
taken by several authors to establish acceptance 

levels for the attenuation level in the ultrasonic 
inspection of composite laminates[11-12]. Further, 
an ultrasonic spectroscopic method was applied to 
broadband through transmission measurements in 
composites with voids by Jeong et al.[13][14]. 
Nevertheless, it requires a large number of tests for 
the complete and reliable data from any 
experimental method and the result varies widely 
according to the composite system. 
Void features, such as size, shape and distribution, 
also have significant impact on the ultrasonic 
attenuation of laminates. Several authors agreed on a 
major range in size from 0.01mm to 1mm [4][15-16]. 
On the other hand, there have been several different 
opinions about the void distribution. Chambers et al. 
[15] suggested that the percentage of voids present 
for a certain aspect ratio range remain relatively 
constant and are independent of the total void 
content. David et al. [17] found a Gaussian 
distribution through plotting the percentage of voids 
against the natural logarithm of void length. 
Hernandez et al. [18] identified a void concentration 
in sections which were distributed periodically along 
the laminate width. Yet none of them has developed 
a comprehensive principle to describe the void 
distribution well. 
By means of changing cure pressure, laminates with 
various void contents were fabricated by T300/BBZ 
prepreg. The chemical composition that may 
generated gas products was characterized by infrared 
spectroscopy (IR) and gas chromatograph - mass 
spectrometer (GCMS). Meanwhile, the influence of 
cure pressure on void size, shape and content of 
T300/BBZ composites were investigated as well as 
on the ultrasonic attenuation coefficient. Finally, 
plots of void content and ultrasonic attenuation 
coefficient of T300/BBZ laminates as exponential 
functions of the cure pressure were built.  
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ULTRASONIC ATTENUATION COEFFICIENT OF CARBON 

FIBRE REINFORCED COMPOSITE 
 

A. Y.L. Yu1, B.  J.R. Ye1*, C. B.M. Zhang1, D. K. Liu2, E. G. Yu2 
1 Beihang University, Beijing, China 

2 Commercial Aircraft Corporation of China,Ltd., Shanghai, China 
 

* Corresponding author (yejinrui@buaa.edu.cn) 
 

ICCM19 3092



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

2 Experimental procedure 

2.1 Fabrication of the specimens  

The material used in this study was a T300/BBZ 
prepreg purchased from Hexcel. Laminates with 
different porosity levels were produced through 
curing pressure varying [1][7]. Square (350×200 
mm2) panels following the quasi-isotropic stacking 
sequence and 1.5 mm nominal thickness were 
manufactured by autoclave processing. The cure 
temperature was raised up to 185°C and kept for 
three hours; all the heating and cooling ramps were 
carried out at the same rate of 2.5°C/min.  
Laminates with intentionally different void levels 
were produced through the procedure during which 
the autoclave pressure was set as 0.1, 0.2, 0.3, 0.4 
and 0.5 MPa. The pressure inside the vacuum bag 
was kept 0 MPa throughout the entire cycle. 

2.2 FT-IR analysis 

Spectral acquisition was performed on solid samples 
using a FT-IR spectrometer (A Nicolet 6700 from 
Thermo Nicolet Corp.). The spectra were recorded 
in the 650-4000 cm-1 region by a computerized 
system attached to a monitor and a printer. 

 
Fig. 1. Temperature and pressure cue cycle used to 

process T300/BBZ composite prepreg 
 

 
Fig. 2. The IR spectrum of T300/BBZ composite prepreg 

 
The T300/BBZ prepreg sample is ground using a 
mortar and pestle until the particle size is smaller 
than 2μm to minimize the scattering of IR radiation. 
Adequate grinding will usually produce a glossy 
layer adhering to the mortar. One gram of the 
prepreg sample is added and thoroughly mixed with 
two-hundred grams of KBr. The KBr sample 
mixture is then placed in a special die and 
compressed to a small disk with a thickness of about 
1 mm. The IR spectrum of T300/BBZ composite 
prepreg was shown in Fig. 2. 

 

2.3 GCMS analysis 

GCMS analysis was performed on a Shimadzu 
2010plus GC-MS. BBZ resin was separated from 
prepreg as the test sample. Chemical components of 
resin were separated by gas chromatograph in the 
mixed sample by column. The sample was 
evaporated in an injector heated at about 200 to 
300 °C, and then separated into each component 
during moving. These ions were separated according 
to their m/z value by a mass analyzer. An electron 
multiplier was also used as a detector on a mass 
spectrometer. The peaks of target compounds in 
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sample were identified by comparing the retention 
times of target peaks between standard sample and 

test sample. The GCMS spectrum of BBZ resin in 
prepreg was shown in Fig. 3. 

 

Peak R.Time I.Time F.Time Area% Height% Molecular Structure 

1 12.547 12.492 12.658 43.75 40.67 

 

2 13.676 13.617 13.742 30.73 34.24 

 

3 13.805 13.758 13.917 19.57 16.79 

 

4 15.359 15.325 15.408 5.95 8.30 

 

    100.00 100.00 
 

 

Fig. 3. The GCMS spectrum of T300/BBZ composite prepreg 

 
2.4 C-scan ultrasonic inspection 

The ultrasonic attenuation coefficient was measured 
by ultrasonic echo immersion bottom reflection 
technique. The laminates were placed above a glass 
plane which enhanced the testing sensitivity and 
separated the ultrasonic back echoes. A flat 
immersion probe was transported by GE-USIP40 
ultrasonic flaw detector. It generated a c-scan signal 
record of the plate with the frequency of 5MHz. 
Then quantized maps were drawn to represent 
different attenuation levels of the laminates. 

Ultrasonic attenuation coefficient of the composite 
panels at each point on the quantized map was 
calculated by the equation below. 

 
d

x
mn

2

80log
  (1) 

 
In the equation, α (dB/mm) is the ultrasonic 
attenuation coefficient of the picked point, d (mm) is 
the thickness of the plate, n (dB) and m (dB) are the 
signal gains when there is a sample and otherwise, 
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and x is the extracted amplitude value. The average 
value of the ultrasonic attenuation coefficients in the 

selected area stands for the ultrasonic attenuation 
coefficient of the sample. 

 

  
(a) Abridged general view of detection (b) Picture of detection procedure 

Fig. 4. Pictures of ultrasonic echo immersion bottom reflection technique detecting the T300/BBZ laminates 

 
2.5 Void content measurement 

After c-scan inspection, the center of each laminate 
was cut off as specimens to evaluate the void content. 
The void content was measured by matrix digestion 
in a crucible according to the ASTM D2734-09 and 
D2584-11 standard tests. The sections of some 
specimens were also polished to achieve a high 
quality surface and pictured for a better assessment 
of void distribution and shape. The images were all 
captured and saved by VHX-900 optical microscope. 

2.6 DSC test 

Different resin contents were observed in different 
location of one piece of prepreg tape, as the 
impregnation of fibers was inhomogeneous. The 
middle area of prepreg was considered uniform and 
chosen to be the sample-selected area. The sample of 
DSC test was T300/BBZ prepreg cutting into square 
pieces of 1mm×1mm. The DSC test was performed 
from 25 °C to 300 °C at the rate of 10 °C/min on a 
differential scanning calorimeter (Mettler Toledo 
DSC-1). The rate of heat generation was plotted 
versus temperature as shown in Fig.7. 

 

 
Fig. 5. The process of void feature assessment of T300/BBZ composite laminates 

 

3 Results and discussion 

3.1 Compound characterizations 
As mentioned, there are two variation trends 
between cure pressure and voids in composite 
laminates. This depends on the existence of 

compounds that may generate gas products when 
curing. BBZ resin is a kind of modified phenolic 
resin synthetized by phenols and formaldehyde, the 
remaining of which can generate water and result in 
the formation of voids. FT-IR was chosen to 
qualitatively detect the existence of hydroxyl in 
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T300/BBZ prepreg. For further conformation, 
GCMS analysis was performed to give a list of 
compounds that consisted of the prepreg. 
It was obvious that hydroxyl was little in the prepreg 
as there was no peak in the range of 3650-3200 cm-1 
in Fig. 2. However the aldehyde group was proved 
in the sample from the IR spectrum. It could be 
confirmed initially that the BBZ resin was high pure 
material with little raw materials remained. GCMS 
analysis in Fig. 3 showed that benzamide was the 
major compounds of BBZ resin, and phenols and 
formaldehyde did not remain in the sample.  
Therefore, the conclusion could be drawn that there 
was no such gas products as the carbon/phenolic 
laminates, and the relationship between cure 

pressure and void content in the T300/BBZ 
composite laminates was exponentially decreasing 
with the increase of cure pressure. 

3.2 Effects of cure pressure on void content 

Fig.6 shows that the cure pressure has a significant 
influence on the size, shape and amount of voids. 
The void content varies from 0.6% to 1.4% owing to 
the cure pressure change. It is clear that resin-rich 
regions between the layers have a larger thickness 
when decreasing the curing pressure, which leads to 
a higher void amount and a greater void size and 
void aspect ratio. 

 

  
(a) 0.5Mpa (b) 0.3Mpa 

  
(c) 0.2MPa (d) 0.1MPa 

Fig.6 Micrographs of laminates conditioned under different cure pressures 

The void formation and transportation can be 
explained through Fig.6. Void formation may occur 
during the compaction before the curing. When the 
temperature rose up to 185 °C, the cure reaction 
became drastic and the trapped void cannot be 
released from the plies. Void dissolution might 
occur if the changes in temperature and pressure 
caused an increase in solubility in the resin[5]. 
The void content of each type of laminate is plotted 
against cure pressure in Fig.8. It shows an 

exponential relationship between the void content 
and cure pressure. Therefore, an applied autoclave 
pressure is needed  to accommodate the manufacture 
process by reducing the void content down to a 
certain level, which depends on the accuracy 
requirement of laminate quality[1][20]. So, an 
appropriate curing pressure can be determined 
according to the Fig.8 when the other process 
parameters of cure cycle remain unchanged. 
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Fig.7. Heat of reaction as a function of temperature 

 
3.3 Effects of cure pressure on ultrasonic 
attenuation 

The distinctions between laminates on different 
porosity levels could also be revealed by ultrasonic 
C-scanning as Fig.9 shown. The acquirement of 
ultrasonic attenuation coefficient is normally started 
with the extraction of echo amplitude data from the 
central area of the examined composite, where we 
polish and observe through the optical microscope 
later.  A laminate cured on larger pressure has a 
more regular distribution of colors owing to more 
types of void shape, size and location. Thus the 
relationship between the attenuation and the porosity 
could be fitted as the following Fig.10, which is the 
same as the predicted after FT-IR and GC/MS 
analysis. 
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Fig.8 Measured void contents as a function of cure 

pressures 

 
 

  
 (a) 0.1MPa (b) 0.5MPa 

Fig.9 C-scan of laminates with different cure 
pressure 
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Fig.10 Measured ultrasonic attenuation coefficients 

as a function of cure pressures 

 

5 Conclusions 

A manufacturing method is established through 
controlling cure pressure to produce various void 
contents from 0 to 1.4%. Exponentially decreasing 
relationships are obtained between the void content, 
cure pressure and ultrasonic attenuation coefficient. 
An appropriate cure pressure should be applied 
during the cure cycle according to the acceptable 
void levels for quality control. 
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1 Introduction 

In engineering practice, there are always some 
limitations in fabrication of a laminated plate, such 
as the minimum thickness and material property of a 
ply, specific fiber orientation angle (for example, 0°, 
±45°, 90°). For manufacturability, the thickness of 
each ply is usually the same, so the optimization 
problem of laminated plate can be described as an 
optimization problem with discrete variables, in 
which the ply angles are only selected from the 
specific discrete fiber orientation angles. 
In this paper, continuous method for optimization 
with discrete variables is used [1-3]. There are two 
keys in continuous method. The first is to realize the 
continuous description of discrete variables, in 
which parameterization method should be studied. 
The second is how to transform the optimal design 
based on the continuous variables into design of 
reasonable discrete nature, namely, rounding off 
technique. According to most direct continuous 
method, continuation is realized by directly relaxing 
the limitation on discrete values and extending to a 
domain including all the discrete values of the 
original physical quantity, and reference of discrete 
nature is realized through rounding-off method. 
However, the continuous method has great influence 
on optimization results and rounding-off. For 
example, discrete variable Ai∈{A1,A2,…,An} is 
transformed into Ai ∈ [A1, An] according to 
continuous method. If some design values are 
given to continuous variables after optimization, 
namely, Ai* ∈ [Ak, Ak+1], certain rule of 
rounding-off process will result in Ak or Ak+1 
(no other value). In this way, the possibility of better 
discrete values is restricted manually. As a result, 
study on appropriate parameterization method is 
important to realize continuation of the problem. 
The method of Generalized Shape Function based 
Parameterization (GSFP) is proposed to solve the 
optimization problem with discrete variables, and 
the GSFP method can be seen as a common method 
for solving optimization problem of discrete material. 
So the optimization model of variable stiffness 

laminated plate with discrete orientation angle based 
on GSFP method is proposed. It is found that 
sequence of admissible list and methods of 
punishment have important influence on result of 
optimization design. Ordering rule for admissible list 
with engineering orientation angles and quadratic 
penalty approach are given. 

2 Problem Description 

Finite element method was used to obtain the 
structural response. Variable stiffness design of 
lamina plate with discrete laying angle can be 
described as:  To design a structure with maximum 
stiffness under a given loadings, the compliance is 
adopted as the objective function. The compliance C 
is expressed as: Given the material properties and 
thickness of single layer, the fiber angle can be 
selected from the candidate direction.  
To design a structure with maximum stiffness under 
a given loadings, the compliance is adopted as the 
objective function. The compliance C is expressed 
as: 

 T
i i i iC f u d t u ds F U

 

      (1) 

Where, consider a general body Ω subjected to 
applied body force fi, and surface traction ti on the 
surface Г, U and F are total general nodal vectors of 
displacement and loading respectively. Obviously C 
is also the work done by the external force. The 
optimization model can be expressed as: 

 

1 2

1

1 2

find: [ , , , ]

min: ( ) ( )

. . , , , 1, ,

n

NplyNele
T T
i i li i i

i l

Nmati

C

s t i n

  

    






  

 

x

x u B E B u



 

 (2) 

Where X is the vector of design variables, Nele is the 
total number of element in the design domain of 
laminate; Nply is the number of layer; n is the 
number of design variable, and it can be express as: 
n=Nele×Nply; Nmat is the number of candidate 
directions in the candidate set; ui is the nodal 
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displacement vectors; Bi is the element strain matrix; 
Eli is the matrix of material properties for l th layer.  

3 GSPF - General Shape Function 
Parameterization 

3.1 Parameterization of discrete variables 

In order to parameterize the discrete variables 
conveniently, two lists, named as “available list” and 
“admissible list”, are defined firstly. The “available 
list” means candidate materials set, being a known 
list of the materials, and the “admissible list” is a 
new list, a permutation of the elements of the 
available list based on a certain rule which is called 
as a sequential ordering rule in this paper and given 
in follow session. The value of design variables will 
be selected from “admissible list”.  
The available list is recorded as SList={S1, S2, …, 
SNmat}, S1  S2 … SNmat. Nmat is the length or the 
total element number of the available list, and 
restricted to Nmat=2N. N is an integer which will be 
used, in following sessions, as the number of design 
variables describing the cross section of a structure 
component. Smin is assumed to be the minimum value 
of SList. When 2N-1<Nmat<2N, (2N-Nmat) elements 
with cross-section area Smin are supplemented in SList.  
The admissible list is determined as A={A1, A2, …, 
ANmat}, which is a permutation of the elements in the 
list SList according to some certain rules. Introduce 
parameter χm to represent the serial number of the 
element in available list Slist corresponding to the m-
th element Am of admissible list A, then the 
admissible list A can be determined by available list 
SList (Am∈SList , m = 1, … , Nmat) and the 
corresponding sequence number χm. That is: 

 1( , , ) , 1,2, ,
mNmat mA A A S m Nmat  A  

 
 (1) 

Sequence order m is recorded as binary number as 
follows: 

 ( 1)

1

2 1
N

i
mi

i

m a 



   (2) 

In equation (5), ami is the i-th bit in the binary of 
integer decimal m, equal to 0 or 1. N is the number 
of bit in the binary, which is determined by amount 
of elements in admissible list A. 
Introduce indicating number ξmi (i = 1, 2,… , N), 
where the ξmi takes value 1 or -1. 

 2 1 ( 1) 2mi mi mi mia or a      (3) 

It can be known that ξmi (i =1, 2, … , N) is 
corresponding to elements in admissible list by 
substituting above equation in Equation (5). 
Therefore, ξmi (i =1, 2,… , N) can be regarded as 
descriptive parameters of elements in admissible list.  
As value of ξmi (i = 1, 2,…, N) is 1 or -1, ξmi (i = 1, 
2,…, N) can be regarded as vertex coordinate of a 
hypercube in a N-dimensional space. The cube and 
vertex coordinate of N=3 are shown in Fig.1.  
The material properties can be indicated by 
coordinate Ri (i=1,2,…N) in N-dimension space. 
Value of coordinate is only -1 or 1, to guarantee the 
vertexes of hypercube to be selected. The material 
property of design point can be expressed as the 
weighted sum of all candidate materials in the 
admissible list, that is  

 1 2
1

( , , , )
Nmat

m N m
m

A w R R R A


    (4) 

 
Fig. 1  Coordinates of the unite hypercube (N=3) 

 
Am refers to the property of candidate material m in 
the admissible list; wm refers to weight coefficient, 
with the definition:  
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Seen from the above equation, the material property 
varies with value of Ri (i=1,2,…N). That is to say, Ri 
(i=1,2,…N) can be regarded as descriptive parameter 
for material properties. The parameter is regarded as 
design variables, so the optimization of discrete 
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variable can be changed into the following 
formulation: 
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 (6) 

Tab. 1 Serial number m in the admissible list A 
corresponding to the sequence number χm in the available 
list SList 

 
M(
N
=3
) 

1 2 3 4 5 6 7 8         

χm 2 3 1 8 6 7 5 4         
M(
N
=4
) 

1 2 3 4 5 6 7 8 9 1
0 

1
1 

1
2 

1
3 

1
4

1
5

1
6

χm 4 5 6 7 3 2 1 1
6 

1
2

1
3 

1
4 

1
5 

1
1 

1
0

9 8

 

3.2  Formation of admissible list and sequential 
ordering rule 

As defined in Section 3.1, the admissible list is 
a permutation of the elements in the beforehand 
available list. The selection of permutation may have 
great influence on the convergence. It’s necessary to 
give a rational rule to determine the correspondence 
between m (the sequential number of element in 
admissible list) and χm (the sequential number of the 
corresponding element in available list) to make 

mmA S . 

Assume that the available list SList is the element 
list sorted from small to large: S1≤S2≤…≤SNmat . 
Element in the available list SList are put into 
admissible list A in accordance with certain 
sequence. Considering the assumption that the 
sequential numbers of elements in admissible list Am 
are corresponding vertexes of a hypercube in space 
consisted of indicating number Sχm. The sequence 
rule of admissible list A is:  
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 (7) 

When the number of elements in admissible list 
A is 8（N=3） and 16（N=4） , the sequence 
numberχm of available list SList corresponding to 
sequence number m in admissible list A is shown in 
Table 1.  
 

3.3 Continuation of discrete optimization problem 
Continuation of optimization problem 

expressed by (9) is to loosen the limitation that 
design variables can only be 1 or -1. Firstly, feasible 
domain of design variables is extended from the 
discrete values to the domain [-1, 1], a continuous 
domain which covered the discrete ones. Then, 
penalty technique is applied, so final result of design 
variables tends to be -1 or 1. The key of the question 
is to establish the material property when design 
variable are intermediate value (neither -1, nor 1). 
Inspired by the SFP method, a function (named as 
generalized shape function) just like in form to the 
shape function is interpolated as the weight factors 
in equation (7) in finite element method. This 
generalized shape function is defined as follows: 
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In order to make the design variables converge to -1 
or 1 as close as possible in continuous optimization 
model, we can therefore penalize weight in (10) with 
an exponent p in order to force the selection of only 
one material at the solution, thus limiting the 
occurrence of any blending of materials in a given 
physical ply at the optimum. The resulting GSFP 
scheme (SF with penalization) is written like this:  

 1 2
1
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After discrete variables are continued, optimization 
model (9) can be described as:  
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 (10) 

The p is assigned 2.0 in the optimization process.  

4  Examples and discussion 

In order to evaluate the convergence of the method, 
the ratio, CR, of the number, Nmid, of the design 
variables taken value within (-1, 1) to the total 
number, Nvar, of design variables is introduced to 
describe the convergence efficiency: 

 
Nmid

CR
Nvar

  (11) 

Smaller CR indicates better convergence. One 
example was proposed and solved by Lund and 
Stegmann (2005) using the original DMO approach, 
and it is used to test the proposed method in this 
paper.  
 

Example 1 

A single-layer clamped plate subjected to uniform 
pressure is solved for minimum compliance. A 
sketch of the problem is shown in Fig.2. The plate 
has dimension 1.0m 1.0m 0.05m and is discretized 
by a 20 20 mesh of isoparametric 9-node 
degenerated elements. The material is orthotropic 
with Ex=54GPa, Ey=Ez=18GPa, v=0.25, 
Gxy=Gyz=Gxz=9GPa. Two groups of candidate 
directions are discussed. One is 8 candidate 
directions, {0o, ±30o, ±45o, ±60o, 90o}; and the other 
is 16 candidate directions, {0o, ±15o, ±30o, ±35o, 
±45o, ±55o, ±60o, ±75o, 90o}. In order to discuss the 
influence of the sequence order of the element in 
admissible list A, 2 different admissible lists with 
different sequences are given for every group. They 
can be expressed as following:  
set81={0o, 90o, -30o, 30o, 60o, -45o, 45o , -60o }； 
set82={-45o, -30o, -60o, 90o, 45o , 60o, 30o, 0o }； 
set161={-75o, -60o, -55o, -45o, -35o, -30o, -15o, 0o, 
15o, 30o, 35o, 45o, 55o, 60o, 75o, 90o} 
set162={-45o, -35o, -30o, -15o, -55o, -60o, -75o, 90o, 
45o, 55o, 60o, 75o, 35o, 30o, 15o, 0o} 
where set82 and set162 refer to corresponding 
sequence of elements of admissible list in available 

list formed by the rule in the paper, Equation [13]; 
set81 and set161 refer to any random sequence.   
 

 
Fig. 2  Schematic diagram of mechanical model of lamina 

 
Table 1: Optimal results of optimization 

 
 

 
(a) 

 
(b) 

Fig. 3  Fiber angle distribution in lamina. (a) the 
distribution for set81; (b) the distribution for set82 

 

 
(a) (b) 

Fig. 4  Fiber angle distribution in lamina for p=1.0. (a) 
distribution for set81; (b) distribution for set82 
 

Example 2 

A symmetry laminated plate with 8 equal layers 
having a length a=b=0.1m, thickness h=0.004m is 
analyzed with fully clamped and subjected to 

Name Penal 
factor 

Iteration CR objective

set81 p =2.0 3 0 2.190 
set82 p =2.0 3 0 1.670 

set161 p =2.0 4 0 1.778 
set162 p =2.0 4 0 1.690 

q=103KN/m2 
h=0.004m

b=0.1m

a=0.1m

P
=0.

ICCM19 3102



 

uniform transverse loading. The optimal results are 
given below (Fig. 5): 
 

 
The 1st ply 

 
The 2nd ply 

 

 
The 3ed ply 

 
The 4th ply 

Fig. 5  Fiber angle distribution in layers 

 

5 Conclusion  
A generalized shape based parameterization (GSFP) 
method for variable stiffness laminated plate with 
discrete orientation angle is proposed. It is found 
that sequence of admissible list has important 
influence on result of optimization design. Ordering 

rule for admissible list with engineering orientation 
angles is given. 
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Abstract 

High performance carbon fibre reinforced 

composites with controllable stiffness could be used 

in applications such as morphing wings. These 

morphing aerostructures could improve the 

efficiency of aircraft by lowering drag and reducing 

weight. A significant challenge in the field of 

morphing aerostructures is the development of a stiff 

skin material that can transfer aerodynamic loads but 

that can be easily deformed when a shape change is 

required. Here we describe two designs of carbon 

fibre reinforced epoxy composite with controllable 

stiffness that could be used as skin materials in 

morphing wings. When the composites are heated to 

elevated temperatures they can undergo reductions 

in flexural stiffness of up to 98 % and fully recover 

when cooled to room temperature. Controllable 

stiffness materials may also find applications in 

deployable and collapsible structures. 

 

1. Introduction 

A morphing wing can be described as a seamless 

structure that can undergo a continuous change of 

shape [1]. If a shape change is required in a 

morphing wing then the whole structure can be 

deformed upon actuation. This differs from 

conventional wings that consist of a large number of 

traditional components such as flaps and ailerons, 

hydraulically independent of one another. When 

compared with conventional wing designs there are 

a number of benefits associated with the use of 

morphing wings, including reduced weight and drag 

[2, 3]. In order to develop an effective morphing 

wing, a skin material is required that can withstand 

aerodynamic loads but that can be deformed on 

demand at relatively low actuation forces [4]. A 

composite with controllable stiffness could be a 

suitable skin material as it offers high stiffness prior 

to actuation and low stiffness and high strain to 

failure at elevated temperatures.  

Controllable stiffness materials have been developed 

previously for use in morphing applications. Henry 

and McKnight developed a composite consisting of 

a Shape Memory Polymer (SMP) reinforced with 

discontinuous steel [5]. When the composite was 

heated above the Tg of the SMP, the storage modulus 

was reduced by up to 99 %, measured using 

Dynamic Mechanical Thermal Analysis (DMTA). A 

problem with designs such as these is that structural 

deformations can only occur when the matrix has 

softened. Therefore, when these composites are 

deformed at elevated temperature there is a 

possibility the reinforcement could misalign, 

resulting in permanent damage. 

Multi-layered beams with variable stiffness were 

developed by Gandhi et al [6-8]. The beams 

consisted of aluminium layers separated by cast 

acrylic and polyvinyl chloride (PVC) type material. 

The polymer layers were heated through their glass 

transition temperatures using embedded electric 

heating blankets. The flexural stiffness of the beams 

at room temperature was up to four times greater 

than at elevated temperature. 

A glass fibre reinforced polymer (GFRP) - carbon 

fibre reinforced polymer (CFRP) composite beam 

with controllable stiffness was designed for 

vibration damping applications [9]. The bending 

stiffness of the beam was controlled by applying an 

electric field between the GFRP and CFRP 

elements, hence using electrostatic coupling of the 

layers to control the stiffness. These beams were not 

designed to undergo large deflections and are 

therefore unsuitable for morphing applications. 
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Raither and colleagues [10] developed a variable 

stiffness CFRP laminate containing alternating 

layers of elastomer.
 
The CFRP layers had different 

fibre orientations and this permitted adaptive bend-

twist coupling of the composite when the elastomer 

was heated above its Tg (44 °C). The low Tg of the 

elastomer would limit the use of this composite in 

aerostructures where high operating temperature are 

required. For the concepts described in this paper, 

polystyrene was chosen as the thermo-responsive 

material as its Tg is approximately 100 °C. 

 

2. The Concept 

In this paper we describe two designs of carbon fibre 

reinforced epoxy composite with controllable 

stiffness. In the first design, each fibre within a 

polymer matrix composite is coated with a thin 

thermoplastic layer. Heating the thermoplastic 

coating until it softens allows the fibres to slide 

within the matrix (this heating can be achieved by 

passing a current through the carbon fibre 

reinforcement). This greatly reduces the flexural 

stiffness of the composite. The matrix can be either a 

thermoset or a thermoplastic provided that its glass 

transition temperature (Tg) is above the softening 

temperature or Tg of the thermoplastic coating. 

Polystyrene was selected as the thermoplastic 

coating as its softening temperature is above room 

temperature and yet below the Tg of the epoxy 

matrix at 175 °C.  

The second design is a polystyrene interleaved 

carbon fibre reinforced epoxy composite. Heating 

the composite to 120 °C, above the Tg of the 

polystyrene, softens the interleaf layers and allows 

the reinforced plies to slide relative to each other. 

This dramatically reduces the flexural stiffness of 

the composite and permits large deflections at low 

actuation forces. 

 
3. Experimental 

3.1 Coating polystyrene continuously onto carbon 

fibres  

Polystyrene was coated continuously onto carbon 

fibres via an in situ polymerisation process 

conducted inside a fume hood (see Fig. 1). 30 m 

AS4 unsized carbon fibres were wound onto a 

custom made PTFE roller and a 580 g pretension 

applied. The fibres were passed over a stainless steel 

pin (6 mm diameter, 1 mm wall thickness, 316L, 

FTI Ltd., East Sussex, UK) and into a glass bath (92 

mm width, 370 mm and 88 mm height, IKEA, UK) 

containing two custom made PTFE rollers. A 1.76 

mol/dm
3
 styrene (≥ 99 %, Sigma Aldrich) in water 

mixture was added to the bath and heated to 50 °C 

whilst being stirred using a hotplate with a magnetic 

stirrer. 3.18 g/dm
3
 of water soluble azo initiator 

(VA-057, Wako Chemicals, Germany) was added. A 

second stainless steel pin was placed after the bath 

over which the fibres were placed. 1.4 A were 

applied to the stainless steel pins using a power 

supply (Statron, TYP 3218, GDR, Germany) to heat 

the carbon fibres to 85 °C. The carbon fibres were 

collected onto a cardboard drum (83 mm diameter, 3 

mm wall thickness) using a custom built fibre 

winding unit with a brushless DC Motor 

(FBLM5120W-GFB/ GFB5G200, VEXTA, Oriental 

Motor Co., Ltd., Japan) at a speed of 0.14 m/min.  
 

3.2 Filament winding carbon fibres 

The cardboard tube onto which the fibres were 

wound was placed onto a tension control machine 

(CTS setting panel, Izumi international, Japan). The 

fibres were then placed over a force detector (DTH 

6120, Izumi international, Japan) and 120 g tension 

applied. The fibres were wound onto a release fabric 

(FF03PM, Aerovac, West Yorkshire, UK) covered 

aluminium plate (75 mm width, 200 mm length and 

3 mm thickness) at 10 rpm using a filament winding 

machine (Kolelectric, Middlesex, UK). The fibres 

were guided onto the plate using a single, custom 

made, PTFE roller. Two layers of carbon fibres were 

wound. Epoxy resin (Araldite LY 556/ Hardener XB 

3473, Huntsman, UK) was brushed onto the release 

fabric covered plate prior to winding and then 

between the first and second layers of carbon fibres 

to ensure complete infusion of the epoxy. The epoxy 

was prepared using a resin to hardener mixing ratio 

of 100:23 by mass. The release fabric and the ends 

of the fibre tows were taped to the metal plate using 

Hi-Bond Polystyrene Adhesive Tape (25 mm × 33 

mm, RS, Korea). 

 

3.3 Fabrication of polystyrene coated carbon fibre 

reinforced epoxy composite 

Resin Infusion under Flexible Tooling (RIFT) was 

used to infuse, consolidate and cure the specimens.
 

To prepare the bagging setup for the resin infusion 

process, a polyester film (450 × 800 mm, Melinex, 

PW 122-10 50-RL, PSG group, UK) was taped onto 

a heating plate (460 mm × 920 mm, Wenesco, Inc., 
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USA) using high temperature resistant tape 

(Flashtape 1, Aerovac, West Yorkshire, UK). A 

release fabric (360 × 700 mm, FF03PM, Aerovac, 

West Yorkshire, UK) was placed onto the Melinex 

film, followed by a layer of polyester flow media 

(360 × 500 mm, Resin Diffuse Membrane, 1507B, 

Newbury Engineer Texile, Berkshire, UK). The fibre 

preforms were then placed between two layers of the 

release fabric. A layer of resin diffusion membrane 

was placed on top of that. Two Legris fluoropolymer 

tubes (6 mm internal diameter, RS Components, 

UK) were positioned either end of the set-up. The 

inlet was bent several times in order to prevent air 

getting into the system when the vacuum was pulled. 

The outlet was connected to a vacuum pump (Island 

Scientific, Isle of Wight, UK). The system was 

sealed using vacuum bagging film (600 mm × 1000 

mm, Capran 518 heat stabilised Nylon 6 blown 

tubular film, Aerovac, West Yorkshire, UK) and 

sealant tape (SM5127, Aerovac, West Yorkshire, 

UK). A vacuum (10
5
 Pa) was then applied to remove 

air from the vacuum bag. The inlet tube was placed 

into the resin container once the required pressure 

had been reached. The epoxy resin (LY 556/ XB 

3473) was allowed to flow over the sample at 40 °C 

and stopped once it had completely passed through 

the fibre preforms. The curing cycle (2 h at 120 °C 

and 4 h at 180 °C) was programmed using a 

temperature controller (Wenesco, Inc., USA). The 

cured composites were cut into 40 mm × 10 mm 

coupons for flexural testing and 40 mm × 5 mm test 

specimens for DMTA using a diamond bladed cutter 

(Diadisc 4200, Mutronic, Germany). The 

thicknesses of the uncoated and polystyrene coated 

fibre reinforced epoxy composite specimens were 

0.96 ± 0.14 mm and 0.90 ± 0.09 mm, respectively.  

 

3.4 Differential Scanning Calorimetry analysis of 

(coated) fibres 

The thermal behaviour of the unsized and 

polystyrene coated carbon fibres was analysed using 

Differential Scanning Calorimetry (DSC Q2000 

V24.4 Build 116, TA Instruments). The samples 

were heated from – 25 °C to 225 °C, cooled to – 25 

°C and then reheated to 225 °C in a nitrogen 

atmosphere and at a heating and cooling rate of 10 

°C/ min.  

 

 

 

3.5 Diameter of (coated) fibres  

The diameters of the carbon fibres were determined 

using the modified Wilhelmy-technique and 

calculated using equation 1. 

 

 

(1) 

 

 

Where df = fibre diameter, n = number of fibres (5), 

m = mass difference after emersion and immersion 

of carbon fibres in dodecane (recorded using a 4504 

MP8 Sartorius ultramicrobalance), θ = contact angle 

and γlv = surface tension of dodecane (25.4 mN/m, 

99 %, Fisher Scientific). All measurements were 

taken at room temperature.  

 

3.6 Interfacial shear strength of (coated) fibres to an 

epoxy matrix 

Single fibre pull out tests were used to measure the 

interfacial shear strength (τIFSS), a measure of 

practical adhesion, between the carbon fibres 

(unmodified and coated) and the epoxy resin (LY 

556/ XB 3473). The carbon fibres were embedded 

approximately 30-60 µm into the resin using a 

custom made embedding apparatus. The epoxy was 

then cured at 160 °C for 12 hours. A piezo-motor 

was used to pull the fibres out of the matrix at a 

speed of 0.2 μm/ s. The force was recorded by a load 

cell and logged using a computer. The interfacial 

shear strength was calculated from equation 2. 

 

 

 (2) 

 

 

Where df is the fibre diameter, Fmax is the force 

maximum and L is the embedded length. The 

average interfacial shear strength was calculated 

from 8 measurements. 

 

3.7 Fabrication of polystyrene films for interleaved 

flexural and compression tests specimens 

5 g polystyrene pellets (ST316310, Goodfellow, 

UK) were arranged in a circular pattern (75 mm 

diameter) in the centre of a layer of polyimide 

release film (250 × 250 mm × 0.025 mm, UBE 

polyimide film, Upilex). Two additional release film 

layers of the same size were placed on top. A 190 

mm diameter circle had been removed from the 
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centre of these films to restrict the flow of 

polystyrene during pressing. A complete layer of 

release film was used to enclose the polystyrene 

pellets. The films were placed between two stainless 

steel plates (250 mm × 240 mm × 3 mm) and put 

into a hot press (Model 4126 Manual, Hydraulic 

Press, Carver, USA) for 10 mins at 250 °C without 

pressure then at 3 ton for 40 minutes. The resulting 

polystyrene films were 126 ± 9 μm thick.  

 

3.8 Fabrication of polystyrene films for interleaved 

tensile test specimens 

10 g polystyrene pellets were distributed evenly in a 

circular pattern (75 mm diameter) between four 

layers of polyimide release film (250 × 250 mm × 

0.025 mm). A 220 mm diameter circle had been 

removed from the centre of the two inner films. The 

release films were then placed between two stainless 

steel plates (250 mm × 240 mm × 3 mm) and put 

into a hot press for 10 minutes at 250 °C without 

pressure then at 3 ton for 40 minutes. The 

polystyrene films were 113 ± 25 μm thick. 

 

3.9 Lay-up and production of interleaved composite 

The interleaved composite consisted of 8 layers of 

polystyrene (126 ± 6 µm thick) and 9 plies of 

unidirectional carbon fibre reinforced epoxy 

(HexPly, 914C-TS-5-34%, Hexcel, 1 ply thickness = 

0.126 µm) arranged in an alternating sequence. A 0° 

control sample consisting of 17 unidirectional 

reinforced plies was also manufactured (see Figure 2 

for details of the interleaved and pure carbon fibre 

reinforced epoxy composites that have been 

manufactured and tested). All composite plates were 

100 mm long in the 0° fibre direction by 150 mm 

wide, except the composite plates for tensile testing 

that were 210 mm long (0° direction) by 110 mm 

wide. The laminates were cured in a hot press 

(G969, George E Moore and Sons, UK) at 175 °C 

and 100 Psi for 1 h. The thickness of the interleaved 

composite was 2 ± 0.04 mm. The thickness of the 0° 

control sample was 2.14 ± 0.06 mm.  

 

3.10 Preparation of flexure and DMTA specimens 

The composites were cut into 80 mm × 10 mm 

coupons for flexural testing and 40 mm × 5 mm test 

specimens for DMTA using a diamond bladed cutter 

(Diadisc 4200, Mutronic, Germany). In both cases 

the 0° direction was parallel to the longer dimension 

of the specimen. 

3.11 Preparation of tensile test specimens 

The interleaved composite was cut into 200 mm × 

100 mm specimens using a diamond blade cutter. 

The 0° direction was parallel to the longer 

dimension of the panel. Four glass fibre reinforced 

epoxy end tab plates (100 mm × 50 mm) with 45 ° 

chamfers were glued onto the grit blasted composite 

surface using epoxy glue (2014-1, Araldite, 

Huntsman). The epoxy was cured under vacuum for 

24 h at room temperature. The resulting gauge 

length was 100 mm. The composites were then cut 

into 200 mm × 12 mm specimens using a diamond 

blade cutter and strain gauges (QFLA-2-11, Strain 

Gauges, Tokyo Sokki Kenkyujo Co., Ltd.) glued 

onto one side of the composite using adhesive (NP-

50, TML Strain Gauge Adhesive, Tokyo Sokki 

Kenkyujo Co., Ltd.). 

 

3.12 Preparation of compression test specimens 

The interleaved composite was cut to the required 

dimensions (150 mm × 91 mm) using a diamond 

blade cutter. The 0° direction was parallel to the 

shorter dimension of the panel. Four glass fibre 

reinforced epoxy end tab plates (150 mm × 40 mm) 

with inverse chamfers were glued onto the grit 

blasted composite surface using epoxy glue (2014-1, 

Araldite, Huntsman). To ensure the gauge length 

remained at 10 mm during the epoxy curing; a 

silicon rubber shim was placed along the length of 

the gauge area. After curing under vacuum for 24 h 

at room temperature the shim was removed and the 

composite ground to a width of 90 mm using a 

grinder. The composites were then cut into 90 mm × 

10 mm specimens using a diamond blade cutter and 

strain gauges (QFLA-2-11, Strain Gauges, Tokyo 

Sokki Kenkyujo Co., Ltd.) glued to both sides of the 

composite using adhesive (NP-50, TML Strain 

Gauge Adhesive, Tokyo Sokki Kenkyujo Co., Ltd.). 

 

3.13 Evaluation of viscoelastic properties of 

composites 

The viscoelastic behaviour of the composites was 

investigated using DMTA on a Tritec 2000 (Triton 

Technology Ltd., Keyworth, UK). Three point 

bending mode was performed at a gauge length of 

15 mm and at a frequency of 1 Hz. A heating rate of 

5 °C/ min from 30 °C to 230 °C was used. 
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3.14 Flexural tests 

The flexural properties of the composites were 

determined using three point bending tests at both 

ambient and elevated temperatures according to 

ASTM D7264 [11]. The tests were carried out on an 

Instron 4505 (Bucks, UK) using a 1 kN load cell. A 

span-to-thickness ratio of 32:1 was used. The 

diameter of the loading nose and supports was 6 mm 

and a crosshead speed of 1 mm/ min was used. For 

one series of tests, specimens were loaded to a 

maximum deflection of 1 mm at room temperature 

(RT1) and then unloaded. The tests were then 

repeated at 120 °C in the environmental chamber 

(SFL, Eurotherm, West Sussex, UK) and then again 

at room temperature (RT2). The flexural strength 

was determined at room temperature by loading 

samples to failure that had not previously been 

tested. For some specimens a direct current was 

passed through the carbon fibres as an alternative 

method of heating. Both the upper and lower 

surfaces at each end of the samples were sanded 

down with sand paper and painted with silver 

conductive paint (186-3600, RS Components Ltd.). 

Copper tape was then wrapped around the silver 

paint and the loose ends of the tape connected to a 

power supply (HY3003-3, Digimess, UK). To heat a 

specimen to 120 °C, approximately 1.9 A and 2.8 V 

was needed for the unsized carbon fibre reinforced 

composites, 1.9 A and 2.5 V for the polystyrene 

coated carbon fibre reinforced composites, 1.8 A and 

3 V for the interleaved composite and 1.3 A and 4 V 

for the non-interleaved composite (0° control 

sample). 

The flexural modulus, Ef, of the specimens was 

calculated using equation 3, where L is support span, 

b is beam width, h is beam thickness and m is the 

gradient of the load - displacement curve. To 

calculate the average flexural modulus of the 

composites, five specimens of each sample were 

tested.    

   

  

 (3) 

 

 

3.15 Tensile testing 

Tensile tests were performed at room temperature on 

an Instron 4505 (Bucks, UK) with a 100 kN load 

cell. The tests were carried out in accordance with 

ASTM D3039 [12]. The testing speed was 2 mm/ 

min. 

 

3.16 Compression testing 

Compression tests were performed at room 

temperature according to the Imperial College 

Compression Test method [13]. The tests were 

performed on an Instron 4505 (Bucks, UK) with a 

100 kN load cell. The testing speed was 1 mm/ min.  

 

4. Results and Discussion 

4.1 Characterisation of polystyrene coated fibres 

The fibre diameters of the carbon fibres, measured 

using the modified Wilhelmy-technique, can be seen 

in Table 1. The fibre diameter of the polystyrene 

coated fibres (7.26 ± 0.08 μm) was larger than that 

of unmodified carbon fibres (7.10 ± 0.01 μm) that 

suggests there is a thin layer of polystyrene on the 

fibre surface. The Interfacial Shear Strength (IFSS) 

of the unmodified and polystyrene coated fibres to 

an epoxy matrix was calculated using single fibre 

pull out tests. The IFSS for both fibres was 

approximately the same (Table 1). This shows that 

after modifying the fibre surface, the adhesion 

between the carbon fibres and the epoxy resin was 

unaffected. DSC was used to analyse the thermal 

properties of the coated fibres. The Tg of the 

polystyrene coating was recorded at 98 °C. No 

thermal transitions were seen for the unmodified 

carbon fibres. 

 

4.2 Viscoelastic properties of polystyrene coated 

fibre reinforced composite 

The DMTA curves for the unmodified carbon fibre 

reinforced composite showed a single transition at 

174 °C, corresponding to the Tg of the epoxy. A 32 

% decrease in the storage modulus, from 72 GPa to 

49 GPa, was seen when the polystyrene coated 

carbon fibre composite when heated from room 

temperature to 120 °C. The Tg of the polystyrene 

coating was recorded at 110 °C from the first peak 

of the loss modulus. As the composite was heated 

from 120 °C to 230 °C the storage modulus dropped 

by 76 % to 12 GPa, associated with the Tg of the 

epoxy matrix. 

 

4.3 Flexural properties of polystyrene coated fibre 

reinforced composite 

At room temperature the flexural stiffness of the 

uncoated and polystyrene coated fibre reinforced 

3
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composites was 81 GPa (Table 2). When heated to 

120 °C in an environmental chamber, the flexural 

modulus of the polystyrene coated fibre composite 

dropped by 30 % to 57 ± 5 GPa. The reduction in 

bending stiffness was higher when the composites 

were heated by passing a current through the carbon 

fibres. When the composite was heated from room 

temperature to 120 °C through an applied current, 

the flexural stiffness fell by 36 %. It is likely that the 

actual temperature around the carbon fibres was 

higher than the surface temperature of the 

composites (where the temperature was recorded) 

when using an applied current to heat the specimens. 

When the composite was cooled to room 

temperature the stiffness returned to its original 

value, showing the process is completely reversible. 

At 120 °C, the flexural modulus of the uncoated 

fibre reinforced composite was the same as its room 

temperature value. 

 

4.4 Viscoelastic properties of interleaved composite 

The storage modulus of the 0° control sample 

remained at approximately 123 GPa when heated 

from 30 °C to 140 °C, measured using DMTA. 

Above this temperature the storage modulus 

decreased due to the Tg of the epoxy resin at 175 °C. 
The interleaved composite was heated from 30 °C to 

120 °C. The storage modulus at 30 °C was 58 GPa. 

The Tg of the polystyrene was calculated at 103 °C 

from the peak in the loss modulus. Above the glass 

transition, at 120 °C, the storage modulus dropped 

by 98 % to 1.2 GPa. The test was repeated three 

times on the same sample, from room temperature to 

120 °C, to determine whether the process was 

reversible. The same stiffness loss and storage 

modulus at room temperature was observed in each 

case, showing that under these test conditions the 

process is completely reversible. 

 

4.5 Flexural properties of interleaved composite 

The flexural modulus of the interleaved composite at 

room temperature was 65 GPa. Above the Tg of 

polystyrene, at 120 °C, the modulus fell by 98 % to 

1 GPa (Table 3). The composite was re-tested at 

room temperature and no loss in flexural modulus 

was observed. The specimens were heated to 120 °C 

using either an environmental chamber or an applied 

current. The flexural modulus values from both 

heating techniques were very similar. There was 

however extrusion of polystyrene near the electrical 

contacts for the specimens heated using an applied 

current. It is likely that the temperature at the 

contacts exceeded the melting point of polystyrene 

and this caused the polymer to flow. When the 

composites were heating in an environmental 

chamber this problem did not occur. At 120 °C large 

deflections of the interleaved composite were 

achievable. The composites remained in the 

deformed state with very little spring-back when the 

temperature was lowered and the load was removed 

(Figure 3). The composites returned to their original 

configuration prior to bending when reheated 

without an applied load. This process could be 

repeated with no discernible damage or loss in 

properties (including variations in interleaf 

thickness).  

 

4.6 Tensile and compressive properties of 

interleaved composite 

The tensile and compressive properties of the 

interleaved composite were also measured at room 

temperature and 120 °C (Table 4). The tensile and 

compressive properties of the 0° control sample 

remained unchanged at elevated temperature. The 

tensile strength and modulus of the interleaved 

composite at room temperature was 867 ± 114 MPa 

and 88 ± 12 GPa, respectively. These values were 

approximately half those of the 0° control sample. 

This was expected as the interleaved composite 

contained around 50 % polystyrene. At 120 °C each 

ply within the interleaved composite was effectively 

disconnected and therefore for this layup the tensile 

strength dropped by 50 % to 395 ± 62 MPa. 

However, there was only a 32 % drop in stiffness, 

determined using data from a central strain gauge, at 

elevated temperature as some load was transferred to 

the inner CFRP plies. The compressive strength and 

modulus of the interleaved composite was 786 ± 64 

MPa and 66 ± 1 GPa, respectively. These values 

were also half those of the 0° control sample at room 

temperature. At 120 °C the compressive properties 

of the interleaved composite were dramatically 

reduced and the specimen buckled within the gauge 

length. When the load was removed and the 

temperature was maintained at 120 °C the original 

shape of the composite was partly recovered. 

 

5. Conclusion 

A polystyrene coated carbon fibre reinforced epoxy 

composite with controllable stiffness was 
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manufactured. A 32 % reduction in storage modulus 

was recorded when the composite was heated from 

30 °C to 120 °C using DMTA. No reduction in 

storage modulus occurred when the unmodified 

carbon fibre reinforced composite was heated to 120 

°C. The flexural stiffness of the polystyrene coated 

fibre reinforced composite was also analysed using 

three point bending tests. The composite underwent 

a 30 % reduction in flexural stiffness when heated 

from room temperature to 120 °C and fully 

recovered when cooled. 

A second design of controllable stiffness composite 

was also developed. An interleaved composite 

containing plies of polystyrene was manufactured. 

When analysed using DMTA, the composite 

underwent a 98 % loss in storage modulus from 30 

°C to 120 °C. From three point bending tests the 

flexural modulus of the composite fell by 98 % 

when heated from room temperature to 120 °C. The 

composite could undergo large, reversible 

deflections at elevated temperature. After re-testing 

the composite at room temperature no loss in 

flexural stiffness was recorded. 
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Fig. 1. Setup for the continuous grafting of 

polystyrene onto carbon fibres (where A are 

stainless steel pins and B are PTFE rollers). 

 

 

 

Fig. 2. Layup sequence of the 0° control sample 

(left) and polystyrene interleaved composite (right). 

 

 

Fig. 3. Straight and deformed polystyrene 

interleaved composites. 

 

Carbon fibres 
Fibre 

Diameter/ μm 

Interfacial 

Shear 

Strength/ MPa 

Unmodified 

AS4 fibres 
7.10 ± 0.01 101.2 ± 2.6 

Polystyrene 

coated fibres 
7.26 ± 0.08 100.4 ± 7.0 

Table 1. Fibre diameters and interfacial shear 

strengths of carbon fibres to an epoxy resin. 

 

Unidirectional CFRP ply 

(126 μm thick) 

Polystyrene layer 

(130 μm thick) 
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Reinforcement 

Flexural Modulus/ GPa 

Environmental chamber Applied current 

RT 1 120 °C RT 2 RT 1 120 °C RT 2 

Uncoated carbon fibres 81 ± 8 81 ± 10 82 ± 6 85 ± 6 91 ± 7 87 ± 6 

Polystyrene coated carbon fibres  81 ± 4 57 ± 5 85 ± 5 87 ± 3 56 ± 8 86 ± 9 
 

Table 2. Flexural stiffness of uncoated and polystyrene coated carbon fibre reinforced epoxy composites at room 

temperature (RT) and 120 °C. 

  

Composite 

Flexural Modulus/ GPa 

Environmental chamber Applied current 

RT 1 120 °C RT 2 RT 1 120 °C RT 2 

0 ° control sample 118 ± 3 112 ± 2 116 ± 3 113 ± 11 110 ± 8 114 ± 7 

Polystyrene interleaved  65 ± 3 1 ± 0.2 65 ± 4 68 ± 3 1 ± 0.2 66 ± 3 
 

Table 3. Flexural properties of the interleaved and pure carbon fibre reinforced epoxy composites at room 

temperature (RT) and 120 °C. 

  

Composite 

Tensile properties Compressive properties 

Modulus/ GPa Strength/ MPa Modulus/ GPa Strength/ MPa 

RT 120 °C RT 120 °C RT 120 °C RT 120 °C 

0 ° control 

sample 
145 ± 6 146 ± 13 1682 ± 67 1629 ± 94 127 ± 3 136 ± 5 1264 ± 132 657 ± 60 

Polystyrene 

interleaved 
88 ± 12 55 ± 6 867 ± 114 395 ± 62 66 ± 1 - 786 ± 64 - 

 

Table 4. Tensile and compressive properties of the interleaved and pure carbon fibre reinforced epoxy 

composites at room temperature (RT) and 120 °C. 
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1 Introduction   
Conductive polymers attract researchers with their 
good electromechanical performances. They are 
suitable to be used as smart materials for actuators 
and sensors. The volume change (i.e., strain) in CPs 
is caused by doping and dedoping of counter ions 
during a redox reaction [1]. Some researchers 
focused on the reinforcement of CP with metal 
fibers of carbon fibers. CNFs have a high stiffness 
and strength, good thermal and electrical 
conductivities were reported recently [2], what make 
it possible to be used as a reinforce fiber. CNF/PPy 
film has been fabricated in a physical method by 
Kim and Zhang [3]; however the flexibility was not 
good. Wang et al. [4] and Sabsiena et al. [5] 
fabricated monolithic polyaniline actuators with a 
long lifetime (>3000 cycles). Han and Shi [6] 
developed a single-layer PPy film which can operate 
a bending actuation and investigated its behaviors. 
Toi and Jung used an ionic transportation equation 
to analysis the motion of ions in order to investigate 
the actuation of a polypyrrole-based actuator [7]. 
Most of CP bending actuators consists of bi- or tri-
layers. The bending actuation usually caused by the 
actuation difference between different layers.  
In this study, single-layer PPy film and CNF/PPy 
composite films were fabricated by the 
electrochemical polymerization process, and then 
their electrical conductivities and bending 
deformations were measured. The CNF/PPy 
composite film was especially developed for the first 
time in this study. We demonstrated convincingly 
that a single-layer CNF/PPy composite film can be 
bent without bi- or tri-layers structure, which makes 
this finding be differentiated from other previous 
works. Electrical conductivity was measured by the 
four-probe method. Mechanical properties are 
obtained by a UTM (Instron Universal Testing 
Machine 3343). In order to investigate the 

electrochemical behaviors of PPy and CNF/PPy 
composite films, an equation about the 
electrochemical behavior was developed. In this 
paper, the equation is based on the size of a single 
ion. Although there are some research articles on the 
derivation of equations about the electrochemical 
behaviors, none of them focus on the volume of a 
single ion. The results found in this research show 
that PPy and CNF/PPy film can be used as smart 
materials for actuators or sensors.  
During actuation, the sample films were soaked in a 
LiTFSI (Bis(trifluoromethane)-sulfonimide lithium 
salt)/ Propylene carbonate solution, and the TFSI- 
ions transport in the solution freely. When the 
electrical potential is given, ions move to doping or 
dedoping the film following the electrical force. In 
fact, there is a redox reaction taken place on the film, 
but not a simple movement of ions. The ions dope 
into the polymer during the oxidation process. The 
bending actuation is imperfect. The reason of this 
phenomenon is because of the oxidation reaction and 
reduction reactions are not in balance. 
 

2 Fabrications of PPy and CNF/PPy Films 

2.1 PPy Film 
Details for fabrication of single layer PPy films are 
introduced in this section. To fabricate a PPy film, 
pyrrole, propylene carbonate and LiTFSI are needed. 
Pyrrole is the main raw material, it will form the 
polypyrrole, LiTFSI will be used as counter ions to 
keep the balance of charging. Propylene carbonate is 
used as solvent in which ions can move freely. 10ml 
liquid pyrrole monomer (measured by burette) was 
added to a propylene carbonate (50ml) solution of 
LiTFSI (4g) the solution is storage in a little beaker. 
The 3cm x 4cm nickel (Ni) sheets were prepared for 
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working and counter electrodes. The distance 
between two electrodes is fixed to be 3mm. After 
prepare the solution, the fixed electrode will 
immerse in the solution. A DC power supply ADPS-
503D was used to supply a constant current. Anode 
was connected to the working electrode and cathode 
was connected to the counter electrode. 
Polymerization took place under 0oC. During 
polymerization, the color of solution changed from 
colorless to light brown for a while, and turned to 
dark black finally. The change of color denote the 
oxidation process, before oxidation, the solution is 
colorless, then, it change to light brown after partly 
oxidation, when the color change to dark black, it 
means the pyrrole is oxidized completely. 
PPy can be deposited on both sides of the working 
electrode; however, polymerization on the side 
facing the counter electrode is more likely to 
proceed than the other side. The reason of this 
phenomenon is the current density in this side is 
higher than the other side. Therefore, PPy films on 
that side were used for various sample tests. Fig. 1 
shows a schematic drawing for polymerization and 
electrophoretic deposition processes. In this figure 
the electrode is noted by two faced Ni sheet, one is 
working electrode (connect with anode) and the 
other is counter electrode (connect with cathode). 
The distance between working electrode and counter 
electrode is 2mm and be fixed with wood blocks and 
tape. Fig. 2 shows the pictures of the experiment 
setup. 
 
 

 

 
 
Fig. 1 The schematic drawing of an electrophoretic 
deposition process 

 

 
(a) 

 
(b) 

 
Fig. 2 Pictures for the fabrication process 

 

2.2 CNF/PPy Film 
To fabricate the CNF/PPy films, the working 
electrode was pretreated with CNF dispersion in 
advance. The Ni electrode (3cm x 4cm) was soaked 
in a CNF/water solution in order to paste CNF to 
one surface of the electrode. CNF dispersion will 
sHeating the electrode on a hotplate to make water 
evaporated, only CNF was left on the Ni electrode. 
The CNF coating was then removed on the back 
surface of the working electrode and only CNF on 
the front side facing a counter electrode was left for 
following polymerization.  
Weights of electrodes with and without CNF 
coatings were measured to get the net weight of 
CNF deposited on an electrode. The fabrication 
process is based on the oxidation of pyrrole 
monomers in the mixed solution of propylene 
carbonate (PC) and LiTFSI under a given voltage. 
The CNF weight ratio can be controlled by 
polymerization time. The polypyrrole will 
polymerize more and more by time. The electrode 
coated with CNF was used as a working electrode. 
The weight difference between electrode coated with 
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CNF and naked electrode is measured by an 
electrical balance, which is the exact weight of CNF. 
Polymerization rate is measured through several 
times of electrochemical processing. The surface 
with CNF faced the counter electrode and a 
CNF/PPy film was obtained on this side. CNF/PPy 
films with the CNF weight ratios of 3%, 5%, 7% and 
10% were fabricated. All film samples were peeled 
off from the working electrode after polymerization 
and immersed in PC solution of LiTFSI for storage. 
The samples were fabricated 3cm x 4cm in size, and 
cut into 0.5cm x 2.5cm for the bending actuation 
tests. 

2.3 SEM Images of Films 
Scanning electron microscope (SEM) images of 
CNF/PPy films were taken. For distinguishing, the 
surface structures of the films were different for 
electrode and solution sides. The surface contacted 
to a Ni electrode is called an electrode side and the 
other surface is called a solution side. Figs. 3(a)-(d) 
show the electrode sides of different CNF/PPy 
samples. As seen in the figures, the contribution of 
CNF is quite different from each other. The sample 
with higher CNF weight ratio has more CNFs in a 
certain area, while the sample with lower CNF 
weight ratio has less. There are so much CNFs can 
be observed in the image of 10% CNF/PPy sample. 

 
 

 

  
(a)                                         (b) 

 

  
(c)                                       (d) 

 

  (e) 
 

Fig. 3 Figures of samples with different CNF weight ratio, 
(a)-(d), show the SEM images of eletrode sides of 3 %, 
5%, 7% and 10% CNF/PPy films, (e) shows the solution 
side of a 5% CNF/PPy film. 

 
SEM images of solution side of the samples look 
similar to each other. Here take the image of 
solution side of 5% CNF/PPy for example. 
Comparing to the electrode side of the samples, the 
solution side as in Fig. 3(e) is rough and grainy. It 
consists of lots of PPy balls. It is very different from 
the electrode side. The different surface situations 
make the ionic movement different on each side and 
cause a bending actuation of the samples. It is 
obvious that, there are much more ions doping into 
the electrode side than the solution side. The effect 
of doping of ions on the electrode side is more 
efficient than the solution side. The deformation 
happened on the electrode side is larger than it 
happened on the solution side. 

2.4 Control of Polymerization 
 
The polymerization is quite related with the current 
density and time. In this research, as the other 
condition is the same (temperature, current density), 
the situation of polymerization depends on the time 
only. In order to test the polymerization ratio, 
several tests were done. Under 0oC, constant dc 
current was supplied. The current density is 
0.2mA/cm2. For the pure PPy film, the 
polymerization speed is about 0.016mm/h (0.12g/h) 
for the current density 0.2mA/cm2, under 0oC. the 
results are shown in Table 1. 
Under this situation, to control the percentage of 
CNF become possible. The percentage of CNF can 
be denoted by: 
 

P= MC/(MC+MP)                       (1) 
 
where P is the percentage of CNF, MC is the mass 
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Table 1. Results for test of polymerization ratio 

Polymerizat
-ion 
conditions 

 0oC 
Current 
density: 
0.2mA/cm2 

0oC 
Current 
density: 
0.2mA/cm2 

Polymerizat
-ion time 8 hours 20 hours 

Thickness 0.13mm 0.32mm 

Polymerizat
-ion speed 

0.01625mm/
h 0.016mm/h 

 
 
of CNF, MP is mass of polypyrrole. MC can be 
measured it is the weight difference between the 
electrode with CNF and the neat one. MP can be 
calculated by polymerization ratio and time. So the 
CNF percentage can be controlled by the 
polymerization time for the fixed CNF mass. 

 

3 Bending Actuation 

Bending actuations were tested for PPy film and 
CNF/PPy films. A function generator (Agilent 
33220a) supplied an 1.5 V AC driving potential. 
The PC (200 mL) solution of LiTFSI (2 g) was used 
as an electrolyte. Bending deformations of single-
layer PPy and CNF/PPy films were caused by 
applying an electric current, while one end of films 
was fixed to working electrode and the other was 
free in an electrolyte. A counter electrode (Ni) is 
needed to form a circuit loop.  
Bending actuation can be rarely found in a very thin 
single-layer film, but usually happens in a bi-layer or 
tri-layer actuator because of the different strain 
generate from each layer. Fig. 4 shows the schematic 
diagram for different structure of bending actuators. 
A double layer bending actuator works because of 
the swelling of the polymer layer. A tri-layer 
bending actuator works under the different 
movement of the outer two polymer layers. It is a 
very unique phenomenon that a single-layer thin 
film can be bent. This phenomenon is due to the 
different surface situations of solution and electrode 
sides of the films. The two sides of the single layer 

samples are quite different from each other. From 
Fig. 5 [8], we can see the differences clearly.  
The electrode side of the samples is smooth and 
porous, the solution side of the samples is rough and 
holes are rarely found on this side. During a redox 
reaction, much TFSI ions move into the small holes 
on the electrode side of a film and make holes swell. 
On the solution side, the amount of TFSI ions which 
move in to the film is less. In this case, the single 
layer film can be considered as a bi-layer structure. 
Therefore, the swelling on the electrode side is more 
active than the solution side, this cause the bending 
actuation of the single layer film. 
The given AC voltage is 0.5 Hz that means the film 
can finish 2 bending cycles during 1 second. The 
bending actuations can decay during the test process. 
The first bending cycle generate the largest tip 
deflection. The max tip bending deflection of a 2 cm 
long PPy film is 1.9 mm, 3% CNF/PPy film showed 
1.5 mm max tip bending deflection, 5% CNF/PPy 
film showed 1.3 mm tip bending deflection and 7% 
CNF/PPy film showed 1.2 mm tip bending 
deflection.  
The work lifetime of PPy film is 630 cycles, the 3% 
CNF/PPy can bending for 1020 cycles, the 5% 
CNF/PPy can bending for 1040 cycles and the 7% 
CNF/PPy can bending for 1070 cycles. The CNF can 
increase the working lifetime more than 60%. The 
bending test is still undergoing. These prove that 
well-designed CNF/PPy single-layer film possesses 
a great potential to be used as relatively hard 
actuators. The working lifetime is the number of 
cycles counted from the first actuation cycle to the 
end of the actuation (when the tip deflection decay 
to 0, no actuation will be operated). 

 

 
Fig. 4 Schematic diagram for different structures of bending 
actuators 
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Fig. 5 SEM photographs of TFSI-doped PPy film 
prepared on Pt electrode; electrode side (left) and solution 
side (right). [8] 
 
 
In order to investigate the electrochemical behavior 
of conducting polymer, researchers derived 
equations for the relationship between driven 
voltage and actuation strain (or tip deflection of 
bending actuation). It is believed that a typical 
composite actuator has a cell structure. When a 
voltage is applied between the reference and the 
working electrode, ions within the medium are 
transported by electrophoretic force, with anions and 
cations traveling parallel to the applied field and in 
opposite directions. As the ions approach to the 
interface, the composite surface charges 
electronically, thereby preventing electric field from 
penetrating the composite surface.  
The ions and charges form what is known in 
electrochemistry as a double layer capacitor. 
Following the method that was presented by Madden 
et al [9], to the polypyrrole actuator, the composite 
actuator admittance transfer function ( )Y s  can be 
obtained, which combine the effects of diffusion, 
capacitance and electrolyte resistance: 

 

tanh( )
2

( )
[ tanh( )]

2

C

C

C
e

C dl

D d s
s D

Y s
D d s R
s D C s





  


    

        (2) 

 
where, Re is the resistance of the electrolyte, CD is 
the coefficient of ionic diffusion in the composites, 

dlC  is the double layer capacitance,   is the double 

layer separation, d is the thickness of the composite 
film. 
Kim and Liu [10] have developed an equation for 
the strain of a SWNT/PAni film actuator. The total 
strain of the composite actuator can be expressed as 
[10-11] 
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where 

1 p
c

T
VEa E   and 

2
(1 )p

p

T
V

Ea E  . 

 
In Eq. (3), the electrolyte resistance, Re, and the 
thickness of the film, d, can be readily measured; the 
double layer capacitance, dlC , and the specific 

capacitance of SWNTs, GC , also can be measured, 
fit, or the accepted value can be used; the double 
layer separation,  , can be approximately related to 

dlC . Vp is the polymer volume fraction, Ec and Ep 
are the Young’s modulus of SWNT and conductive 
polymer, respectively. ET is the equivalent Young’s 
modulus of composite film. For the given SWNTs 
that is used to synthesis the composite, K  is 
constant. And we can determine it by identifying this 
constant to that of pure SWNTs mat actuators. Then 
the strain of SWNTs well-aligned composite 
actuator is explicit. 
As mentioned in the introduction, conducting 
polymer actuator works with the motion of ions. 
There exists a balance between the electric force and 
a viscous resistance as well as a diffusion force. It 
can be described by the following equation [7]: 
 

2

1 2

0

( , ) ( , )

( , ) ( ) ( , ) ( ,0)
t

e x

Q x t Q x tkT
t x

Q x t e i d Q x t Q x
x S



 


 


 
          


      (4) 

     
The initial and boundary conditions are [12]: 
 

  0( ,0) a xQ x N eS c x                      (5) 
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     0(0, ) 0, ( , ) a xQ t Q d t N eS c d           (6) 
 

The electric charge density c(x,t) can be calculated 
by: 
 

0
( , ) ( , )

x

a xQ x t N eS c t d                     (7) 

 
The description of the equation in details can be 
found in references [7] and [12]. 
Until now, all the equations about the actuation of 
conducting polymer are based on the movement of 
ions and charging theory. They considered the 
equivalent of charging. However, the deformation of 
polymer is determined by kinds of conditions, such 
as potential, solution, size of counter ion and so on. 
In former research, it seems that, the size of ions is 
not considered. In fact, it is a very important 
complication should be involved in the equation. It 
plays a very important role in the electrochemical 
actuation processing. It should be considered as a 
key point during the derivation of actuation 
equations.  
There are lots of factors can affect the actuation of 
conductive polymer. Different ions will cause 
different actuations when other conditions are the 
same. For the same ion, higher driven voltage will 
operate larger actuation strain. Besides, the 
concentrations of the solution and the solvent type 
also have different effects on the actuation. In this 
research, the derivation of actuation equation is 
based on the size of ions. It is because that, the 
conducting polymer will give different actuation 
strain and stress when it working in different 
solutions. When different ions doped into the 
polymer, the change of volume is surely different. 
The reason for this difference is the difference 
between different ions (size, density, mole mass, 
charging amount et. al.). It is obvious that the 
actuation in a big size ion solution is much larger 
than it operated in small size ion solution. It can be 
expected that by this property, the conducting 
polymer is able to be applied in sensors to detect and 
distinct kinds of ions. 
To derive new actuation equations, the first thing to 
do captures sizes of different ions. Eq. 1 expresses 
the volume of a single ion: 

 

i
MV

N 



                               (8) 

 
where Vi is the volume of a single ion, M is a mole 
mass of the ion, N is Avogadro constant and ρ is 
density. In this study, M is 280 g/mol, N is 6.02E23 
/mol and ρ is 1.57 g/cm3. Therefore, the volume of a 
single TFSI- ion is 2.96E-22 cm3. 
The maximum volume change in the film can be 
expressed as: 
 

 
0

t
i d MV

q N

 


  


                        (9) 

 

where ΔV is volume change, i is electrical current, t 
is operation time for a half period, q is changing 
amount of a single electron. Because the operating 
voltage is expressed as 1.5 sin(4*t), i depends on 
the resistance which can be calculate from the 
electrical conductivity measured in this study. 

 

4 Mechanical Properties of CNF/PPy  
Because CNF/PPy composite films have been 
fabricated in our laboratory for the first time by the 
electrophoretic deposition and polymerization 
process, the mechanical properties of CNF/PPy are 
necessary to be obtained by mechanical tests. The 
universal test machine, Instron UTM 3343, was used 
for extensional tests. The test specimen films were 
fabricated and cut into 5 mm x 40 mm. Of 40 mm in 
length, the gage length is 20 mm and the grip size, 
10 mm, was applied on both clips. The blue hill 2 
generated test reports including load-extension 
curves.  
Thin CNF/PPy composite single layer films of 0, 3, 
5, and 7 CNF wt% were tested. Three same test 
specimens were fabricated for each CNF wt%. 
Adding CNF resulted in the increase in Young’s 
modulus of conducting polymer (PPy). Average 
Young’s modulus of pure PPy is 22.523 MPa and 
that of the 3% CNF/PPy composite film is 30.844 
MPa which increases almost 36.9%. Young’s 
modulus of 5% CNF/PPy is 38.369 MPa and that of 
7% CNF/PPy film is 40.930 MPa. It is obvious that 
CNF’s can improve Young’s modulus of PPy. When 
the CNF weight ratio increases from 3% to 5%, 
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Young’s modulus increases from 30.844 MPa to 
38.369 MPa which increases 24.4%. When CNF 
weight ratio increase from 5% to 7%, Young’s 
modulus increases from 38.369 MPa to 40.930 MPa. 
The increase in stiffness is only 6.7%. The 
enhancement in stiffness is not so efficient after 
adding 5 wt% of CNF’s and the tensile strength 
increases continuously from 0% to 7%. The tensile 
test results of pure PPy are summarized in Table 2. 
 
 

 
Fig. 6 Picture of Instron UTM 3343 

 

 
(a) 

 

 
(b) 

Fig. 7 Air pressure clips with and without a specimen 
 

Table 2. Results for tension test of 0% CNF/PPy film 
(pure PPy film) 

 Load  
at 
failure 
(N) 

Tensile  
strain at 
failure 
(mm/m
m) 

Tensile 
strengt
h 
(MPa) 

Modul
-us 
(MPa) 

Extensi
-on at 
failure 
(mm) 

1 0.725 0.095 0.967 23.847 1.893 
2 0.753 0.102 1.003 22.476 2.035 
3 0.731 0.094 0.975 21.246 1.885 

mea
n 0.736 0.097 0.982 22.523 1.938 

max 0.753 0.102 1.003 23.847 2.035 
min 0.725 0.094 0.967 21.246 1.885 

 

 
Fig. 8 Load-extension plots from the tensile tests of pure 
PPy 
 
 
5. Conclusions 
Longitudinal strain and bending behaviors of 
CNF/PPy films were investigated in order to see the 
actuating performance of the new material. PPy 
films showed as high as 12.6% in a longitudinal 
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strain, while CNF/PPy composite films gave a little 
lower value (8.6~12.0%). This is because the 
increased stiffness by adding CNF materials restricts 
strains of PPy material. However, the strain of 
CNF/PPy is still large enough to activate a small 
device with increased actuating forces. It was 
noticed that bending actuations decayed in the 
electrical bending test. The largest tip deflections in 
the first bending cycle were generated for both 
materials. The max tip bending deflection of a 2cm 
long PPy film was 1.9 mm, 3% CNF/PPy film 
showed 1.5 mm max tip bending deflection, 5% 
CNF/PPy film showed 1.3 mm tip bending 
deflection and 7% CNF/PPy film showed 1.2 mm tip 
bending deflection. The working life of pure PPy 
films was 630 cycles, that of 3% CNF/PPy was 1020 
cycles, the 5% CNF/PPy was 1040 cycles and the 7% 
CNF/PPy was 1070 cycles. Adding CNF increased 
the life cycle more than 60%. A new bending 
equation for this material was developed to predict 
deflections, and the maximum tip deflection of pure 
PPy film was predicted. The calculated bending 
result was y = 2.056mm, that is very close to the 
experimental result of 1.9mm. 
A new conducting material, CNF/PPy, for a sensor 
and an actuator were developed and it showed 
improved stiffness, longitudinal strains, bending life 
cycles, electric conductivity than pure PPy material. 
Larger strain and higher Young’s modulus give a 
high actuation force and improved conductivity 
means fast responses. Through various tests, this 
new material was proven to be a good material 
candidate for smart actuators and sensors. 
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1 Introduction  

Restoration of electrical interfaces has potential to 
increase the reliability and safety of microelectronic 
devices and high performance energy storage 
devices.  In microelectronics, mechanical or thermal 
damage can lead to a loss of conductance across a 
damaged pathway and performance degradation or 
failure of the circuit.  In Li-ion batteries, continued 
cycling of silicon anodes results in cracking or 
pulverization of the particles, and ultimately 
destruction of the conductive network. Here, we 
consider an approach to increase cycle lifetimes and 
reliability through restoration of conductance in 
composite electrodes via the use of 
microencapsulated components that form a 
conductive network when released.  

A typical battery is composed of several 
electrochemical cells that are connected in series 
and/or in parallel to provide the required voltage and 
capacity, respectively. Each cell (Fig. 1) consists of 
a positive (cathode) and a negative electrode (anode) 
separated by an electrolyte solution containing 
dissociated salts, which enable ion transfer between 
the two electrodes [1].  

The electrodes in Li-ion batteries have a complex 
microstructure.  Micro- or nano- particles of active 
material are mixed with conductive carbon and a 
polymeric binder and then made into a porous 
composite.  When the electrodes are connected, Li 
diffuses into (insertion) and out of (deinsertion) the 
active particles, causing significant expansion or 
contraction. For Li-ion batteries, cracking, 
deterioration, and electrochemical pulverization 

occur during the massive volume changes associated 
with the intercalation and deintercalation of Li+ ions 
during charge and discharge, respectively. As this 
damage accumulates, there is significant degradation 
of the efficiency and eventually failure of the 
battery.  New anode designs currently focus on 
accommodating the volume change through changes 
in the material architecture, e.g. via incorporation of 
Si nanoparticles and nanowires. Here, we consider 
an alternate approach to increase cycle lifetimes and 
reliability through restoration of anode conductivity.  

Recent investigations have demonstrated the ability 
to restore electrical conductivity of thin metal films 
through the use of microencapsulated components 
that form a conductive network when released [2,3]. 
Successful translation of this microencapsulated 
approach to the extreme environment of a Li-ion 
battery anode presents significant challenges.  In this 
paper, we report on the encapsulation of several 
types of conductive particles and the integration of 
these capsules into commercially available anode 
materials.  We develop a unique half-cell to observe 
and measure the deformation during lithiation and 
assess our ability to restore conductivity in a battery.  
We anticipate that our healing strategy will increase 
the lifetime and reliability of advanced batteries.  

 

2  Microencapsulation of Conductive Particles 

In this study, robust microcapsules were prepared 
with high loading (up to 20 w/v %) carbon black 
present in liquid core (Fig. 2a). Increased 
hydrophobicity of the nanoparticles was achieved 
through the functionalization of oxidized carbon 
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black with octadecylamine.  Fig. 2b contains an 
SEM image of functionalized carbon black (FCB) 
filled microcapsules. The potential for conductance 
restoration of electrodes was first evaluated by 
crushing FCB microcapsules on an electrode line 
cracks introduced by a fiber removal method, with a 
maximum recovery of 100% of original 
conductance. FCB filled microcapsules 
demonstrated significant particle release (Fig. 2c) 
compared to unfunctionalized carbon black. The 
performance was also compared with 
microencapsulated graphene and carbon nanotubes.   

The microcapsules have been successfully 
incorporated in a composite anode. Crack damage in 
the electrode causes the capsules to rupture and 
release their content.  In situ recovery of electrode 
materials is currently in progress. A variety of liquid 
cores, polymer shells, conductive particles, and 
polymer binders are under investigation. We identify 
promising encapsulated systems based on the ability 
to survive anode fabrication and coin cell assembly.  

3. Crack Observation and Strain Measurement 
during Lithiation 

In order to design and assess our self-healing 
concepts, we need to observe deformation and 
quantify the strain levels that induce cracking in 
anodes materials.  We have designed and fabricated 
a custom battery cell hat enables imaging of the 
anode during insertion and extraction of Li.  The cell 
is fully sealed with a quartz window for optical 
access.  In future experiments, we plan to quantify 
the anode strain using a digital image correlation 
technique and use the cell to establish the feasibility 
of our healing concept.  
 

 
Fig.1. Schematic of a Li Ion Battery 

!

liquid core 

!! !

conductive 
particles 

!!
!

!
!

!
!

!
!

 
   (a) 
 

 
(b) 

 

released 
FCB 

 
   (c) 
Fig. 2.  (a) Schematic of microencapsulated 
conductive particles, (b) SEM of encapsulated 
functionalized carbon black, and (c) release of 
carbon black from ruptured capsule. 
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1. Introduction  
High performance fibers are increasingly sought 

as building blocks of light-weight, durable, and 
energy efficient structural materials, for applications 
including sports gear, boat hulls, wind turbines, and 
airplanes [1].  Inspired by natural materials, where 
the hierarchical structure and organization of fibers 
determine their collective chemical and physical 
functionalities, [2, 3] future multifunctional fibers 
will combine high mechanical performance 
(stiffness, strength, damping, durability), with self-
sensing, actuation, and/or energy storage capability.  
This can be enabled by scalable synthesis of 
nanoscale building blocks such as carbon nanotubes 
(CNT), and engineer load transfer among those 
building blocks to scale up their properties, isolate 
defects, dissipate vibration, and/or to amplify 
stiffness.[4, 5]  

Individual CNTs are well established to have 
outstanding mechanical strength (~ 50 GPa), high 
electrical and thermal conductivity (~µΩ-cm for 
multi- walled (MW)-NT, 3000 Wm-1K-1) at low 
mass density (< 2200 kg/m3).  As a result, CNT 
fibers have been considered a possible replacement 
for high strength carbon-based fibers for load 
bearing applications, and in the nearer term are 
attractive for lightweight electrical wires.  Therefore, 
a high commercial value is driving the development 
of manufacturing technologies that can efficiently 
transform high-quality CNTs into continuous high-
performance fibers.  Inspired by the actuation 
mechanism of natural fibrous materials, artificial 
muscles were recently fabricated from CNT yarns 
impregnated with paraffin wax.[6] 

There are three mainstream approaches to CNT 
fiber fabrication: solution-phase, solid-state, and 
gas-phase spinning.  In solution-phase spinning, 
CNTs are first dispersed in liquid, and subsequently 
assembled into a fiber such as by extrusion through a 
spinneret, and optionally combined with a polymer 

binder [7-13].  In the solid-state approach, CNTs are 
drawn from a vertically aligned CNT forest, and 
twisted into a yarn [14, 15].  Because of 
entanglement and surface interactions between 
CNTs within the forest, pulling on a group of CNTs 
causes the forest to unravel in an accordion-like 
manner, if the structural characteristics of the CNT 
forest are suitable for spinning.  In the gas-phase 
approach, CNT growth from a floating catalyst 
(typically derived from an organometallic precursor) 
forms a low-density network of CNTs, which is 
drawn and/or spun into a fiber upon exiting the 
furnace. [16, 17]  The gas phase approach has been 
studied by Windle and colleagues at the University 
of Cambridge, and has been concurrently developed 
and commercialized by Nanocomp Technologies in 
the United States, and by Q-Flo in Europe.  As 
pursued by Nanocomp, the gas phase method can 
also create nonwoven CNT sheets by deposition of 
the floating CNT network onto a belt at the outlet of 
the furnace.  Likewise, the solid-state method can be 
used to draw CNT from forests into thin aligned 
sheets having very low density [18]. 

The yarns produced by Windle and colleagues, 
made by direct gas phase spinning followed by 
capillary densification, have an average strength of 1 
N/Tex, which is equivalent to 1 GPa/(g/cm3).  This 
value is smaller than commercially available Kevlar 
(~ 3 N/Tex), Dyneema (~ 3.5 N/Tex) and high 
strength carbon fibers.[19] Nonetheless, these yarns 
still have higher strength than other twisted CNT 
yarns, usually made from MWNT, mainly Because 
they comprise few-walled CNTs that self-collapse in 
the furnace creating large contact area for load 
transfer.[14] However, strength exceeding 6.5 N/Tex 
when the sample length (2 mm) is comparable to the 
individual CNT length, demonstrating the potential 
of CNT yarns. 

To make stronger CNT yarns, better 
understanding of the morphology and strength of 
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nanoscale contacts among CNTs is needed, along 
with new scalable technologies for continuous yarn 
manufacturing. Toward this goal, end we present a 
new method to fabricate continuous staple yarns 
from long CNTs, by mechanical rolling and twisting 
of millimeter-long CNT microstructures that are first 
grown as vertically aligned (VA-)CNT “forests”. 
This process leads to new insights about the load 
transfer and failure mechanism of CNT yarns, and 
could potentially enable CNT yarns with tunable 
mechanical and multifunctional properties via the 
design of the internal joints. 

2. Yarn manufacturing process 
First, VA-CNTs (“forests”) are synthesized by 

atmospheric pressure chemical vapor deposition 
(CVD).   

 
Fig. 1 CNT staple yarn manufacturing process. (a) 
Schematic. (b) SEM images of CNT lines before 
(top) after (middle) rolling and after delamination 
(bottom). (c) A 5 mm yarn mounted in the tensile test 
apparatus. 

The CNTs are formed as parallel slender blades 
of µm-scale width and mm-scale length as shown in 

Fig. 1.[20] The geometry and spacing of the CNT 
blades are defined by photolithography and lift-off 
of the catalyst pattern, comprising of a sputtered thin 
film of 1 nm Fe supported by 10 nm Al2O3. The 
catalyst pattern substrates are heated to and annealed 
at 775°C in 400:100 sccm H2:He (10 minutes ramp, 
10 minutes hold), and then CNT growth proceeds in 
a mixture of (100:400:100) H2:He:C2H4.[21] The 
CNTs within the forest usually have diameter d ≈10 
nm, height h ≈ 0.5 mm (for 12 minutes growth), and 
density ρ ≈ 30 µg/mm3 (specific gravity SG= 0.03 
g/cm3) as measured using a high-precision scale.   

Next, we mechanically roll the CNT blades to 
transform them into continuous strips of 
horizontally-aligned (HA-) CNTs [20], as shown in 
Fig. 1.  The CNT segments are densified by contact 
with half-a-millimeter-diameter metal rolling pin, 
The horizontally aligned (HA-)CNT films have 
smaller thickness (<10% of the original line pattern 
thickness) and higher packing density. By 
controlling the rolling induced Hertzian stress, 
which scales proportionally with the normal force 
applied to the roller, the CNT assemblies are 
compacted while retaining their highly aligned 
geometry without breaking the individual CNTs.  
After the rolling process, significant further 
densification is achieved by infiltrating the HA-
CNTs with an organic solvent such as acetone, and 
subsequently evaporating the solvent. As a result, 
the thinnest and most uniform HA-CNT sheets are 
achieved by combining mechanical and capillary 
densification methods.  Raman spectroscopy shows 
that the G/D peak intensity ratio is invariant before 
and after rolling and densification, therefore 
suggesting that the CNT quality is not compromised 
during the rolling and densification steps. [20] 

As shown in Fig. 1 the process can be used to 
fabricate strips of 1 cm length (limited by substrate 
size), 200 to 1 mm width and 2 to 20 µm thickness 
(controlled by line pattern) with unidirectional CNTs 
by rolling and overlapping newly formed dense CNT 
segments.  Further, high resolution SEM images 
show that the capillary densification after rolling 
causes the CNTs to densify and interpenetrate within 
the overlap region therefore causing the overlapping 
segments to adhere by increasing the contact area 
among CNTs at the joint.  This “capillary joining” 
step is essential to create contiguous staple CNT 
assemblies for tension testing. We refer to these as 
“staple yarns”, which can be delaminated off the 
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substrates and then directly tested, or optionally 
twisted prior to testing. 

3. Yarn properties and failure mechanics 
Fig. 2 shows SEM images of a CNT yarn after 

peeling and testing, indicating the details of the 
joints. The shown yarn has 500 µm width and 3 µm 
thickness.  The segments were grown to a height of 
600 µm from a line pattern with 20 µm thickness and 
300 µm spacing, leading to an overlap of 50% after 
rolling. After rolling, the CNTs were densified by 
condensation of acetone on the substrate and 
subsequent evaporation.  This step is essential for 
joining the segments and peeling them off the 
substrate.  The specific gravity of the free standing 
yarns after peeling is close to 0.3 g/cm3. We 
measured the tensile stiffness and strength of CNT 
yarns, each approximately 3-4 mm long, using a 
custom built tensile testing machine with a S-beam 
load cell (Futek).     

 
Fig. 2. (a) SEM image showing the overlapping 
segments before twisting. (b) High resolution SEM 
image showing the junction. (c) SEM image of the 
twisted CNT yarn  (d) Stress-strain curves of CNT 
yarns tested in tension, where one was twisted after 
peeling. 

Fig. 2 shows stress strain data for 2 yarns having 
the same geometry and grown under the same 

conditions, where one was twisted.  For the 
untwisted yarn the stiffness (slope of stress-strain 
curve during loading) and strength (failure stress) 
are 1.3 N/Tex and 0.13 N/Tex respectively.  SEM 
images (Fig. 2b) of the strongest yarns from this 
study after testing show that the failure typically 
occurs within the continuous CNT segments and not 
at the inter-segment interface.  Notably, for this 
yarn, the loading curve exhibits a sharp drop in load 
at 0.1 strain; however, as the extension continues, 
the yarn recovers its stiffness, and stretches an 
additional 5% until breakage at 0.15 strain.  The 
drop in stiffness after the discontinuity is small (only 
a few %).  Length measurements of the overlapping 
segments show no signs of slip except at the location 
of the failure where large slip lengths are observed.  
This may be due to nanoscale stick-slip events 
occurring as the load on the CNT strips is increased.  
This mechanism is typical for fibers based on 
hierarchical assembly of short constituent fibers, and 
has been studied for example in wood.[2]  Stick-slip 
in wood fibers is characterized by the presence of 
discontinuities in stress-strain relations, after which 
the strips can almost restore their initial stiffness.   

We find that twisting increases the ultimate 
strength and strain, and that sudden slip is not 
apparent in twisted yarns.  The yarn twisted by 3 
turns/mm (Fig. 2c-d) showed a strength 
enhancement of about 70% to 0.22 N/Tex by 
mitigating the local fractures both at the CNT 
segments and joints.  The enhancement in stiffness 
due to twisting is 30% to 1.7 N/Tex (at strain < 
0.02); we believe this is due to the induced 
misalignment (45o) between the yarn’s axial 
direction and the CNT alignment.[22]   
We now consider the failure mechanism of our 
yarns, as related to the intrinsic strength of the CNT 
segments and the joints. To achieve high strength at 
low mass density, CNT yarns must comprise just 
enough CNTs to bare the load without idly 
contributing to added mass density.  The effective 
strength of CNT yarns is therefore 

𝜎!"#$
𝐺𝑃𝑎
𝑆𝐺

= 𝑀𝐼𝑁 𝜎! ,𝜎! /𝜌!"#$   

Here, σc is the contact strength between overlapping 
CNTs at the interface, σf is the intrinsic strength of 
the free length at the CNT segments, and ρyarn is the 
mass density of the yarns expressed in (SG) g/cm3.  
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This is analogous to the failure of a chain at its 
weakest link. The yarns can break by failure of 
individual segments along their length σf, and failure 
at the interface between two segments σc. The 
strength of the segments along their free length is 

𝜎! 𝐺𝑃𝑎 = 𝑆!"# . ρ!
 

Here, SCNT is the individual CNT effective 
strength which depends on the quality (wall 
perfection, crystallinty) resulting from the synthesis 
conditions, ρa is the number of CNTs per unit area in 
the (here) densified CNT segment.  Notably the yarn 
geometry can be tuned by the pattern design and the 
growth height. It is known that a continuous CNT 
assembly comprising <100 CNTs fail due to weak 
load transfer across the cross section as confirmed 
by in situ MEMS testing showing sword-sheath 
failure mode where the CNT within the bundles 
separate from the CNTs at the circumference due to 
tension [23, 24].   The contact strength can be 
written as 

𝜎! 𝐺𝑃𝑎 = 𝜏! .𝐴!/𝐴!"  

where τc is the shear strength of the interface, Ac is 
the interface area and Acs is the total cross section 
area of the yarn which depends on the segment 
thickness and the number of segments.  The density 
of the yarn is 

𝜌!"#$ 𝑔/𝑐𝑚! = 𝑊!"#$  !"#$%!  . ρ!   

Wunit length is the weight of individual CNTs per unit 
length.   

The ratio of the VA-CNT height to the spacing 
between the CNT blades determines the overlapping 
length among the CNT segments and the number of 
layers in the yarn, and hence its thickness as shown 
in Fig. 3. By fabricating and testing yarns with 
different pattern dimensions, we therefore studied 
the effect of the overlapping length and the number 
of segment layers as shown in Fig. 3b. In light of the 
equations above, we expected that, beyond the 
unknown overlap distance at which  𝜎! =   𝜎!   , the 
addition of layers would not further increase the 
strength.  On the other hand, the additional layers 
contribute to the mass density so the specific 
strength would be reduced.  Indeed, for lines of 20 
µm thickness, we observe that the strength (N/Tex) 
drops as the number of layers is increased, indicating 
that the contact strength σc is not proportionally 

scaling with the addition of layers.  This is possibly 
due to the coupling and buckling of the tall CNT 
blades during rolling because of their aspect ratio 
and closed spacing.[25]  

 
Fig. 3 (a) Schematic of a CNT yarn with 3.2 layers 
showing the continuous rolled segments and 
overlapping joints. (b) Measured relationship 
between yarn strength and number of layers. 

We also note that for maximum yarn strength 
SCNT/Wunit length should be increased by synthesizing 
large diameter few-walled CNTs. These equations 
also predict that the areal density affects the yarn 
performance by increasing the effective contact area 
among the CNTs at the interface and hence 
contributing to τc; as well as the load transfer among 
the CNTs within the individual segments.  In 
previous studies, we have shown that VA-CNTs 
show higher strength both in tension [26] and 
compression [27] when densified by condensation 
and evaporation of acetone due to elastocapillary 
forming and the creation of new nanoscale contacts 
among the CNTs.  Finally, the Ac/Acs in the 
nominator of the MIN function highlights the need to 
make segments with small thickness (i.e. thin 
blades) and to improve nanoscale interpenetration of 
the CNTs from neighboring segments to achieve the 
highest strength. 

Further, the measured stiffness and strength of 
our CNT yarns are comparable to previous 
measurements of individual VA-CNT 
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microstructures prepared in our growth system.  The 
individual microstructures (which have continuous 
CNTs and no joints) have average strength of 0.25 
N/Tex [26].  Therefore, we find that interpenetrated 
CNT joints formed by rolling and capillary 
densification of CNT line patterns can withstand 
large shear stresses at the segments’ contact 
interface and that the limiting mechanism on their 
maximum strength (for continuous and overlapping 
CNTs) is similar, and can be related to efficient load 
transfer among neighboring CNTs within the same 
forest.    

 
Fig. 4 Modeling the strength of CNT junction. (a) 
Side view schematic of 2 overlapping CNTs. (b) 
Cross-section of deformed contact geometry as 
modeled using energy balance method. (c) Predicted 
strength vs. % overlap  for various CNT geometries. 

Last, we built an analytical model to analyze the 
load transfer in the yarns by considering the intrinsic 
strength of individual CNTs, and the strength of the 
contacts among individual overlapping CNTs as 
shown in Fig 4a. We model the strength of the 
contact between two overlapping CNTs by 
calculating the deformation of the cross-section of 
each individual CNT. The equilibrium contact width 
between the CNT cross-sections is obtained by 
minimizing the sum of van der Waals and strain 
energy due to deformation  [28]. We then obtain the 
contact strength from a microscale multi-asperity 
friction law between the deformed CNTs and the 

interfacial shear strength per unit area between 
CNTs, reported in the literature [29]. The intrinsic 
strength of CNTs is calculated assuming that the 
walls to behave like rolled-up defect-free monolayer 
graphene, and that all the walls bear load uniformly. 
Fig. 4c shows the effective strength of the yarn for 
CNTs with different diameters and number of walls.  
Our calculations predict the percent (ideal) overlap 
required to have effective yarn strength equivalent to 
the intrinsic CNT strength.  For example, yarns 
made from double walled CNT of 4 nm diameter 
could reach 112 N/Tex strength if the CNT have 
53% overlap length. Fig. 4 shows strengths for Ltotal 
= 5µm. The model shows that, depending on 
variables in CNT yarn design, the strength can be 
limited either by the contact or by the intrinsic CNT 
strength. Hence, in principle it is possible to design a 
CNT yarn with a deterministic strength, and to 
choose the contact geometry that may more 
effectively transmit the intrinsic CNT strength; 
however, the waviness of CNTs within yarns made 
by known manufacturing methods including that 
presented here, causes small periodic contacts rather 
than long parallel contacts. 

4. Conclusion 
We have shown that CNT staple yarns can be 

made directly from patterned CNT forests by rolling 
and capillary joining to tune the yarn strength. 
Straight yarns (no twisting) have strength ranging 
from 0.03 to 0.13 N/Tex, and reaching 0.22 N/Tex 
for twisted yarns. Observed trends of strength with 
yarn joint geometry, along with a model of CNT-
CNT contact strength, give insights on how CNT 
yarn strength can be tuned based on both intrinsic 
CNT strength and extrinsic CNT-CNT contact 
geometry and strength.  
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1. Introduction 

For large-scale synthesis of carbon nanotube (CNT) 

powders, floating catalyst CVD using fluidized bed 

reactors has enabled worldwide production capacity 

to exceed several thousand tons per year [1, 2].  

However, the scalable manufacturing of organized 

CNTs remains at a relative infancy.  Specifically, the 

widespread potential applications of vertically 

aligned carbon nanotubes (“CNT forests”) have 

stimulated recent work on large-area chemical vapor 

deposition (CVD) growth methods, because many 

potential devices and interfaces utilizing CNT 

forests cannot bear the cost and limited area of 

batch-style processing on silicon wafers.  Within 

academia, multiple large-scale static CVD systems 

have been developed recently for growth of CNT 

forests and graphene [3, 4], along with dynamic roll-

to-roll (R2R) systems [5, 6], but issues with quality, 

uniformity, and consistency still present problems 

for commercial integration.  Rapid growth of the 

flexible electronics and composites markets is 

creating further need for efficient, continuous CVD 

processing machines and methods.   

Moreover, to enable engineering of CNT forests to 

achieve desired mechanical, thermal, and electrical 

properties, a priori control of the catalyst diameter 

and density is needed.  Therefore, a most attractive 

continuous process for CNT forest manufacturing 

would couple a scalable catalyst deposition process, 

which enables control of catalyst particle size and 

packing density, with an efficient R2R CVD process 

that accommodates flexible substrates including 

metal foils and advanced fibers.  Metallic substrates 

enable flexibility along with electrical and thermal 

conductivity for CNT forest applications such as 

interconnects, supercapacitors, and heat spreaders. 

While the floating catalyst (e.g., aerosol) method has 

been used to deposit particles on metal foils to in 

turn enable CNT forest growth [7, 8], typically an 

oxide or "support" layer is also required between the 

substrate and the catalyst.  Electron charge donation 

between the support layer and the catalyst particles 

has been identified as the primary factor for the need 

of the support layer, and direct evidence of its 

impact on the growth of CNT forests has been 

documented [9, 10].  Among the various oxide 

layers to choose from, alumina (Al2O3) has been 

consistently shown as one of the most beneficial 

materials.  In addition, alumina's chemical structure 

creates a diffusion barrier that slows the catalyst 

migration into the substrate.  Deposition methods for 

the alumina layer have included dip coating, e-beam 

evaporation, and native surface oxidation of 

aluminum [11–13].  Using these methods prior to 

catalyst deposition, metal ribbons including Ni, Cu, 

Ta and various others have been shown to produce 

CNT forests [11, 14–16], but CNT height is limited 

when compared to typical results on Si substrates.  

Additionally, although it would seem that the oxide 

layer would limit conductivity between the CNTs 

and the metallic substrate, recent work has shown 

that < 10nm thin films of alumina can both support 

growth and still allow electrical conduction to the 

substrate [17]. 

Recently, several studies have focused on larger area 

CNT forest growth, but much of this work focused 

on batch processing of rigid substrates, not 

continuous flexible substrates.  In 2002, Jiang et al., 
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began creating super-aligned CNT forests 

(composed of MWNTs) for the creation of spun 

CNT yarns and fibers [18], which was later scaled 

up to 4" (2004) and 8" (2008) diameter wafers [19] 

using low-pressure CVD (LP-CVD) systems.  In 

2009, Yasuda et al. combined several techniques 

such as water injection and gas delivery using a top-

down showerhead approach into a furnace system 

that resulted in the largest areal growth of CNT 

forests known to date [3]. This process reported a 

carbon efficiency of 32% (vs. ~ 1% for typical 

lateral flow systems) and produced SWNT forests 

that covered substrate areas as large as an A4 sheet 

of paper, with uniform height over the area of ~1 

mm.  Recently, Yasuda et al. have reported growth 

on 0.5 x 0.5 m rigid substrates using a pilot 

assembly line that produces CNT forests at a rate of 

100 g/hr.  Towards a continuous process, Guzmán 

de Villoria et al. continuously feed discrete 

substrates through a furnace as a step towards R2R 

processing, where individual Si substrate samples 

were fed through a custom CVD furnace using a 

conveyor belt approach [5]. 

Focusing on flexible substrates, R2R processing is 

especially attractive from a manufacturing 

standpoint because it enables continuous substrates 

to be used, and the CVD treatment times are directly 

controlled by the substrate feed rate.  Additionally, 

flexible substrates have been processed using 

kinematic web handling techniques, creating a large 

industrial experience base from which to drawn 

upon. 

We present a continuous process and bench-scale 

prototype machines that couple each of the 

processing steps for CNT forest synthesis.  We use a 

convective self-assembly process for the deposition 

of an oxide support layer and uniform layers of 

catalyst particles, along with a novel R2R CVD 

furnace.  Together, these enable the synthesis of 

CNT forests on flexible metal foils and woven 

fibers, and each process technology is compatible 

and scalable to large areas and potentially high 

speeds.   

2. Approach  

The ultimate goal for R2R manufacturing of CNT 

forests is to create a fully integrated system that 

incorporates each of the key processing steps (Fig. 

1).  The processing steps of interest are catalyst 

deposition, substrate annealing, CNT growth, and 

CNT delamination with optional transfer.  The 

catalyst deposition involves either a thin film or pre-

formed particles of a suitable catalyst material such 

as Fe or Ni (or reducible oxides of such).  Reduction 

of the catalyst into its native metallic state is the 

primary purpose of the substrate annealing step, but  

this step also provides the necessary parameters to 

enable a thin film catalyst to undergo dewetting and 

form particles suitable for CNT growth.  With 

metallic catalyst particles on the substrate, a carbon 

feedstock gas is introduced into the CVD system and 

CNTs are nucleated and grow from the catalyst 

particles.  Through mechanical interactions, the 

CNTs vertically align and form the CNT forest 

structure.  Because the growth substrate is not 

always suitable for the intended application of CNT 

forests, the forest can be mechanically cleaved or 

transferred to a secondary substrate after the growth 

process.  Naturally, each step must be able to handle 

similar substrate materials, web sizes, and 

processing speeds.  Because the processing speed is 

most directly linked with the system throughput, the 

individual processing steps for the growth of CNT 

forests must either occur at the same speed, or each 

zone must be sized such that the translating substrate 

remains in the treatment zone for the appropriate 

amount of time.  Finally, because either the gas 

composition and/or temperature are unique to each 

processing step, zone decoupling must also be taken 

into account when designing a R2R system for CNT 

forest growth. 

Two prototype desktop R2R machines were created 

for the deposition of support and catalyst layers, and 

for the growth of CNT forests on flexible substrates.  

The continuous catalyst machine (CCM) (Fig. 2a, b) 

uniformly applies a nanoparticle solution that, after 

evaporation of the solvent, results in an  array of 

catalyst nanoparticles whose density is determined 

by the particle concentration and deposition speed.  

This substrate is then fed into the continuous growth 

machine (CGM) (Fig. 2c-e), which utilizes a unique 

CVD reactor design for annealing and CNT growth 

[20]. 

Using the CCM, an alumina sol. as described by 

Dorfler et al. [11] is first deposited on a flexible 

metal substrate using a continuous convective 

assembly process to create a support layer for CNT 

growth.  The substrate is then allowed to rest in air 
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to allow the solvents to evaporate, and this is folled 

by a low temperature annealing step in He to form a 

uniform support layer.  Then, using the same 

machine, catalyst particles are then deposited from a 

solution of commercially available iron oxide 

nanoparticles.  The solution meniscus is pinned 

between the curved “blade” edge and the flexible 

substrate.  Tuning of the assembly parameters 

enables control of particle packing as described by 

Dimitrov et al. [21] 

.    (1) 

Here β is a coefficient of proportionality, je is the 

volumetric evaporation flux per unit area of the 

solvent, l is the evaporation length, φ is the particle 

volume fraction in the suspension, h is the thickness 

of the layer, and ε is the porosity of the array.  In 

order to maintain a steady growth rate of a particle 

monolayer, the relative motion speed (vr) must equal 

vc.  If vr > vc, a non-close-packed particle layer will 

be formed, whereas if vr < vc, multiple particle layers 

will be formed.  CNT forest density and diameter are 

also subsequently controlled through this catalyst 

deposition process, as we have previously 

demonstrated on silicon substrates [22]. 

After catalyst deposition, the catalyst-coated foil 

feeds into the R2R CVD furnace, CGM, which 

utilizes a novel concentric tube design.  The thin foil 

substrate, wrapped in a helical path around the inner 

tube, continuously translates (by motorized tension 

from the output reel) and is exposed to the gas 

atmosphere in the small uniform gap between the 

concentric tubes (Fig. 2).  Radial holes in the inner 

tube sidewall allow for a carbon precursor gas to be 

introduced at a specific location in the heated region, 

which enables tuning of the CNT growth kinetics 

based on gas decomposition [23].  This design 

enables the catalyst annealing and CNT growth 

atmospheres to be seamlessly combined in a 

seamless single-zone thermal environment.  Further, 

compared to a conventional tube furnace, the 

concentric tube CVD system enables a feed gas 

volume savings of over 90% using standard quartz 

tube sizes, at the same average gas velocity.  

3. Results 

Copper (Cu) foil 6 mm wide and 50 µm thick (H. 

Cross Company, 99.99% purity) was used as the 

flexible substrate for CNT forest growth via the 

process described above.  The alumina sol. [11] was 

deposited at a rate of 1 mm/s using the continuous 

deposition machine (Fig. 2).  The substrates 

remained in air at room temperature for 5 min to 

allow the bulk of the solvent to evaporate, which 

was followed by a 5 min anneal at 300 C in He.  

Next, an isopropyl alcohol based ferrofluid (Ferrotec 

NF3263L) was deposited on the substrate at a rate of 

0.5 mm/s using the continuous deposition machine.  

The particle diameter was 32.2 + 12.0 nm as 

measured by DLS.   Prior to installation of the 

substrate in the CGM, the substrates remained in air 

at room temperature for 10 min to ensure that all of 

the solvent evaporated. 

Results gleaned from previous growth results on Cu 

and Si substrates [22, 24] indicated an exposure of 

the substrate to the annealing and growth zones for 

10 min each was desired.  Thus, the feed-rate of the 

substrate was set to 15 mm/min.  A 13 mm OD tube 

was used as the inner concentric tube with a standard 

25 mm OD x 23 mm ID outer tube.  The tube 

furnace used was a Lindberg Blue M (25 mm 

diameter x 30 cm heated zone) and the growth zone 

flowrates were set to 260/65/65 (sccm) He/H2/C2H4 

respectively.  The furnace temperature was also set 

to 775 C which included the annealing and growth 

zones.  Following previous findings from Futaba et 

al. [25], the water concentration within the CVD 

system was controlled to 150 ppm using an oxygen 

injection technique [26].  This method includes 

injecting small amounts of O2 diluted in He (0.5-

1.0% O2) directly into the furnace with the annealing 

and growth gases (pure He flow rates are adjusted to 

maintain a constant total flow in the reactor).  At the 

elevated temperature within the furnace the O2 reacts 

with the H2 and forms H2O which is monitored by a 

hygrometer downstream of the CVD reactor.  This 

method offers a more simplistic gas plumbing 

configuration and a more responsive system than a 

typical H2O bubbler configuration. 

Growth of CNTs on Cu substrates yielded 

significantly different results as compared to Si 

based substrates using the same reactant mixture and 

moisture level.  Although the standard recipe stated 

above resulted in CNT forest height of 

approximately 1 mm on Fe/Al2O3/SiO2/Si, the same 

parameters yielded either no CNT growth or sparse 

tangled CNT mats on the Cu substrates (Fig. 3).  

Several attempts using adjusted oxide and catalyst 
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deposition parameters, along with different growth 

gas flow rates yielded similarly unsuccessful 

findings, relative to the goal of CNT forest growth.  

However, when the H2O content in the system was 

significantly increased to levels approaching 1500 

ppm, the samples generated short (5 µm) aligned 

CNT forests over the entire sample (Fig. 3).  

Interestingly, this CNT forest has a highly aligned 

top surface with a minimal tangled crust which 

suggests that these samples would provide good 

mechanical contact to a mating surface (Fig. 3c).  

This morphology has the potential for high electrical 

and thermal conductivity as well. 

The correlation between CNT forest growth on Cu 

and H2O content was shown to be consistent over 

several trials; lower H2O levels (10-500 ppm) 

produced sparse tangled CNT growth and higher 

H2O levels (1500 ppm) yielded aligned forest 

growth.  Although H2O has been suggested to 

increase catalyst yield by etching the amorphous 

carbon from the catalyst [27], our findings suggest 

that the H2O is having a cooperative effect with the 

Al2O3 layer generated by the sol. or the Cu substrate 

itself.  We are studying this in further depth. 

Last, we demonstrate the utility of our R2R CVD 

system for continuous CNT forest growth on  

ceramic fibers.  In general, ceramic fibers are 

flexible and able to withstand high temperatures, can 

support CNT growth without additional oxide 

depositions, and do not experience hydrogen 

embrittlement as do some metallic substrates.  

However, as with glass and carbon fibers, proper 

understanding of fiber heat treatment is needed to 

preserve the mechanical properties of the fibers.  

CNT growth on the fibers occurs normal to the 

surface, which creates a "fuzzy" or "mohawk" fiber,  

enabling additional mechanical interaction between 

fibers in a woven mat [28–30].  CNT growth on pre-

woven fabrics can then be infiltrated with resin to 

create composite materials having additional 

strength due to CNT delamination during peeling 

and fiber "pull-out."  Recently, Applied 

Nanostructured Solutions, LLC reported the 

commercialization of CNT forest growth on glass 

fibers [31]. 

In this study, a 1/8" diameter woven sleeve of Nextel 

ceramic fibers (Omega, XC-18) was coated with the 

same catalyst particles (Ferrotec NF3263L, 32.2 + 

12.0 nm diameter) through the wicking action of 

droplets placed on the surface, which is easily 

compatible with continuous processing.  Using the 

growth parameters described above, with a H2O 

content of 150 ppm, the substrate was fed through 

the R2R CVD reactor at a rate of 33 mm/min.  Fig. 4 

illustrates the radial CNT forest growth from the 

individual fiber surfaces.  CNT forest growth on the 

Nextel fibers displayed localized forest heights of 

~100 µm.  The localized curvature of the ceramic 

fibers splits the forest into “blades” similar to 

previous studies [29, 32, 33]. 

Finally, we note that both the metal foil and ceramic 

fiber growth experiments were terminated prior to 

the portion of the substrate with CNT forests 

reaching the take-up roller.  Undoubtedly the 

winding and layering of these materials on the take-

up roller would negatively affect the CNT forest 

structure, thus the material would have to go directly 

to a post-processing step to either encase the CNTs 

in a protective layer, or transfer them to a desired 

substrate.  Further work on CNT-foil and CNT-fiber 

adhesion is also needed. 

4. Conclusion 

In conclusion, we have demonstrated the ability to 

grow CNT forests on both Cu and woven ceramic 

substrates using a set of R2R prototype machines for 

material deposition and CVD processing.  CNT 

forest growth on Cu substrates using an Al2O3 sol. 

support layer and preformed catalyst particles 

exhibited a need for H2O content 10 times that of 

optimal growth on typical Si substrates.  Future 

integration of the R2R deposition process with the 

concentric tube CVD reactor will enable seamless 

production of CNT forests on metallic foils for use 

in applications such as supercapacitors, 

interconnects and heat spreaders, and possibly on a 

variety of advanced fibers for composite material 

applications. 
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Fig. 1.  Schematic of CNT forest growth steps. 
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Fig. 2.  Sequential R2R machine modules for nanoparticle monolayer deposition and CNT growth.  a) 

Schematic of catalyst particle deposition using convective assembly [22], b) Continuous deposition machine that 

combines R2R processing with convective assembly, c) Schematic of the concentric tube CVD reactor, d) Cross 

section schematic of the concentric tube CVD reactor, and e) Prototype benchtop concentric tube CVD reactor. 
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Fig. 3.  CNT growth on flexible Cu substrates.  a) 

Photograph of the Cu substrate translating out of the 

furnace with a CNT forest where catalyst particles 

were deposited, b) SEM images of tangled CNTs 

grown on a Cu substrate where the H2O content was 

150 ppm, and c) SEM images of a CNT forest grown 

on a Cu substrate where the H2O content was 1500 

ppm. 

 

Fig. 4.  CNT forest growth on woven Nextel ceramic 

fiber sleeve.  a) Photograph of the ceramic fiber 

sleeve translating out of the furnace with CNT forest 

growth, b) SEM image of the CNT forests growth on 

several fibers , c) Magnified SEM image of a single 

ceramic fiber with CNT forest growth from the 

sample in (a & b). 
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1. Introduction 

Surfaces with dynamic micro- and nanoscale 

textures can potentially be used to manipulate 

friction drag, optical reflection, thermal transport, 

and other properties.  However, in order to realize 

these applications, surfaces must be made 

consistently over large areas, and integrated with 

existing laminate and skin materials for use in 

vehicles such as aircraft.   

Liquid crystal polymers are interesting candidate 

materials for active surfaces due to their tunable 

mechanical properties [1-3], anisotropic expansion 

upon heating [4], and opportunity for optically 

directed actuation [5-7].  For example, thin sheets 

made from stiff glassy liquid crystal network (LCN) 

polymers have been shown to oscillate at 30Hz with 

a tip displacement amplitude of 170° [8].  However, 

to our knowledge, miniaturization of LCN actuators 

in the form of surface-bound micropillars has not 

been demonstrated. 

We present a replica molding (RM) fabrication 

technique [9] to obtain high fidelity surface bound 

glassy LCN microstructure actuators over large 

areas.  The removal of oxygen during curing was 

critical to achieve high-fidelity replicas with smooth 

surface texture, while the necessary LCN alignment 

for actuation was obtained via curing in a magnetic 

field.  Cast microstructures had lateral dimensions of 

a few microns and aspect ratios (AR) up to 15:1.  A 

gradient based edge detection algorithm [10] was 

used to quantify the LCN microstructure actuation, 

verifying anisotropy of the network.   

 

2. Fabrication 

LCN microstructure arrays were fabricated by 

replica molding within a magnetic field in a 

controlled atmosphere.  The experimental setup 

includes a custom magnetic circuit designed to 

straighten and confine a magnetic through the 

sample.  The magnetic yoke was placed inside a 

vacuum jar, whose aluminum base was in contact 

with a hotplate and is shown in Fig. 1a.  A green 

LED light source, used for cross-linking, was 

located outside of the vacuum jar.   

A LC powder mixture composed of 20 wt% 

optically active 4,40-bis[6-(acryoloxy)hexyloxy] 

azobenzene monomers (A6Z6 from BEAM Co.), 78 

wt % thermally active RMM491 monomer mixture 

(EMD Millipore), and 2 wt % I-784 photoinitiator 

(Ciba) was created [1]. The constituents of the 

RMM491 mixture and the optically active LC 

monomer, labeled A6Z6, are shown in Fig. 1b.   

Master templates can be fabricated using 

standard silicon dry etching processes, or 

alternatively CNT/SU-8 composite microstructures 

may be used to fabricate complex 3D geometries [9].  

From the master, a polydimethylsiloxane (PDMS) 

negative was cast and used to create the LCN 

replicas.  PDMS was vacuum cast over the deep 

reactive ion etch (DRIE) patterned silicon master 

and cured at 120°C for 20min to form the negative 

mold (Fig. 1c).  The powder mixture was added to 

the negative and heated to 110°C for 10 min at a 

pressure below 1 Torr (Fig. 1d).  The magnetic field 

(0.3T) applied by the fixture causes benzene 

containing LC monomers to align in a cooperative 

fashion along it.  The cooperative alignment of 

benzene rings inside a magnetic field was first 

suggested by de Gennes [11] and successfully 

demonstrated for use in liquid crystal polymers by 

Buguin et al. [4] The mixture was cooled to 75°C at 

1°C/min resulting in a LC in the nematic phase with 

its director aligned along the magnetic field.  Placing 

the sample in a strong magnetic field, which has   
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Fig. 1.  (a) Experimental setup used to cast LCN micro-

structures.  (b) Casting of the PDMS negative from the 

DRIE etched silicon master.  (c) Close up of molten LC 

mixture inside the magnetic field.  (d) Manual demolding 

of replicated structures.  (e) Diagrams of the monomers 

used in the LCN mixture.  (f) Schematic of custom 

microscope schematic used during testing. 

been straightened via a magnetic yoke, and cooling 

it slowly achieves the necessary order and alignment 

for actuation.  The sample was then exposed to 

green light (540 nm wavelength) for 40 min, which 

initiates cross-linking of the ordered LC monomers 

into a polymer network.  After cooling to room 

temperature the LCN replica was manually 

demolded from the soft PDMS negative (Fig 1e).   

A custom-built microscope was used to image 

the microstructures during actuation (Fig. 1f).  This 

microscope has both a linearly polarized blue light 

and a white light source.  During actuation the 

samples were exposed to linearly polarized blue 

light (~440 nm wavelength) aligned parallel to the 

LC director for 3-5 minutes.  After actuation the 

sample was exposed to visible light for 15 minutes 

or heated to 90°C causing it to relax and recover its 

original shape.  Azobenzene moieties predominantly 

take on the trans isomerization during the relaxation 

and the polymer network recovers its initial higher 

order nematic phase.  

 

3. Results 

We found that removal of oxygen was crucial 

for achieving high fidelity LCN replicas with low 

surface roughness.  Samples cast without degassing 

have large voids due to air bubbles trapped in the 

molten powder mixture and have very large surface 

roughness (Fig. 2a).  Fig. 2b shows a sample that 

was vacuum cast at 1 Torr to remove air bubbles 

from the molten powder mixture, after which air was 

reintroduced during curing. The bottom part of the 

SEM image shows the sample edge that was 

exposed to the air.  Microstructures closer to the 

exposed edge have significantly larger surface 

roughness, suggesting that oxygen exposure impacts 

the crystallization of the LCN.  We found that 

samples with large surface roughness have 

significantly reduced photogenerated strains.   

Using these findings to drive process 

improvements, we show (Fig. 3) cast 

microstructures with a variety of sizes and shapes, 

with both small and large aspect ratios. Large 

microstructures with different cross-section shapes 

are shown in Fig. 3a, while large arrays of high 

aspect ratio (AR, height:width) structures are shown 

in Fig. 3b.  The semi-cylindrical micropillars are 55 

μm tall and have an AR of approximately 15:1.   
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Fig. 2. (a) LCN replicas cast without degassing of the molten LC mixture.  (b) Degassed replica that was exposed to air 

during curing with close up images of selected regions, showing increased surface roughness in the presence of oxygen.  

 

The LCN micropillars can be actuated by polarized 

blue light capable of providing sufficient energy to 

drive both the trans-cis and the cis-trans 

isomerization (Fig. 4a), due to an overlap between 

the cis and trans isomer absorption spectra [12].  The 

azobenzene trans isomer moieties absorb 

significantly less polarized light if they are oriented 

perpendicular the polarization, gradually creating a 

statistical buildup of such isomers. This buildup 

disturbs the nematic phase, reducing its order and 

achieving a volumetric shape change (Fig. 4b).  This  
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Fig. 3. (a) Heterogeneous low aspect ratio optically active 

LCN microstructures.  (b) High yield, large area array of 

asymmetric microstructures.  Inset shows close up image 

of microstructure. 

 

shape change can be used to alter either the height of 

a micropillar if the director is oriented along its axis 

(Fig. 4c) or the pillar cross section if the director is 

oriented perpendicular to it.  Because the actuation is 

based on the disruption of the nematic LC phase, 

having good alignment prior to cross-linking the LC 

monomers is crucial.  A comparison between similar 

LCN compositions and other actuating materials is 

shown in Fig. 4d [13]. Although the maximum 

generated stress of LCN materials are lower than 

that of other comparable polymers, we show that 

LCN materials can be cast into a verity of useful 

microstructures.   

An interpolation-based edge tracking algorithm 

[14] was implemented to resolve sub-pixel actuation 

of cast LCN micropillars, imaged using the 

microscope described above.  

 
Fig. 4.  (a) trans-cis-trans isomerization of azobenzene 

due to polarized blue light exposure.  (b) Schematic of 

nematic and isotropic LCN phase containing thermally 

active (purple) and optically active LC molecules 

(orange).  (c) Volumetric shape change due to LCN phase 

change.  (d) Maximum stress and strain generated by 

comparable actuating materials [13].   
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Fig. 5. (a) SEM image of optically active LCN micro-

pillar.  (b) Sample optical image of the top-down view 

from a custom microscope used in for edge tracking. 

Arrows indicate strain direction.  (c) Results of gradient 

based edge tracking algorithm, showing edge movement 

[ref].   

 

A SEM image and a top-down optical image of the 

optically active LCN microstructure are shown in 

Fig. 5a and 5b, respectively.  We measured a 

photogenerated strain of 0.25% orthogonal to the 

LCN director and a 0.11% contraction along it after 

5 min of exposure to linearly polarized blue light 

oriented perpendicular to the LC director (Fig. 5c).  

The contraction along the director occurs because 

the rod-like stiff LC moieties gradually rotate away 

from it.  Samples cured without the magnetic field 

showed no actuation.  Previous studies with similar 

LCN compositions have measured a photogenerated 

strain along the director of 0.15% and a stiffness of 

1.8 GPa using dynamic mechanical analysis (DMA) 

[15].  We expect that larger strains could be 

achieved via use of UV light, by achieving improved 

LCN alignment during the replica molding process, 

by composition reformulation at the expense of 

reduced stiffness [1], and by physical aging of the 

material [16].   

4. Conclusion 

We have fabricated and tested LCN 

microactuators, exhibiting up to 0.25% strain along 

the director and a 0.11% contraction orthogonal to it 

after 5 min exposure of polarized blue light.  For the 

first time, centimeter-scale areas of high aspect ratio 

microstructures were fabricated, enabled by careful 

environmental process control and removal of 

oxygen during casting.  With further characterization 

and improvement of the optically-induced strain, this 

technology would be suitable for fabrication of 

active surface textures, such as for use in 

microfluidics, and possibly on the surfaces of 

miniature vehicles.   
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

A new generation of composite pressure vessels for 

large scale market applications has been studied in 

this work. The vessels consist on a plastic liner 

wrapped with a filament winding glass fibre 

reinforced polymer matrix structure. A polyethylene 

(PE) was selected as liner for water at room 

temperatures applications and a thermosetting resin 

was used as matrices in the glass reinforced filament 

wound laminate.  

For applications having higher service temperatures, 

such as, thermal accumulators and solar panel 

vessels, thermoplastics presenting greater 

temperature performance, for example, 

polypropylene (PP), polyamide (PA), polycarbonate 

(PC) Polyvinylidene difluoride (PVDF) or even 

thermosettings are being studied for application as 

vessel liners. 

Traditional materials, such as, steel, are successfully 

being replaced by polymer matrix composites 

materials in the construction of pressure cylinders 

for many common applications. The use of polymer 

composites allows minimising the weight, 

improving the aesthetic and also increasing the 

pressure vessel mechanical, impact and corrosion 

behaviour [1]. These are important attributes in 

many present and future industrial and 

non-industrial large scale applications, such as, for 

example, liquid filters and accumulators, hydrogen 

cell storage vessels, oxygen bottles, etc.  

Multi-axial filament winding is the most adequate 

processing technology to produce composite vessels 

for medium to high internal pressures at serial 

industrial level [2, 3]. Such technology allows 

processing simultaneously the vessel cylinder and 

domes and use non-geodesic optimised fibre patterns 

in the composite laminate layers that permit 

withstand the higher mechanical efforts involved 

with lower vessel-wall thicknesses. 

This work is part of a larger study concerning the 

development of a new generation of filament wound 

composite vessels to be applied on the storage of 

fluids under pressure. The present paper only covers 

an initial part of the work that concerns the 

manufacture and simulation of the behaviour of 

pressure vessels made from fibre reinforced 

thermosetting matrix composites.  

A vessel consisting in a thermoplastic liner wrapped 

with a filament winding glass fibre reinforced 

thermosetting resin structure has been studied. The 

finite element analysis (FEM) was used to predict 

the pressure vessel mechanical behaviour according 

to the requirements of the EN 13923:2005 standard, 

namely, the minimum internal burst pressure. 

The paper will present the design of a multi-axial 

filament winding prototype equipment that will be 

constructed for being used in the manufacture of the 

initial prototype vessels.  

The paper will also present and discuss results 

obtained from internal pressure tests made in 

thermoplastic liners and will compare them with 

those ones obtained from the FEM simulations made. 

 

2 Manufacturing the composite pressure vessels 

2.1 Pressure vessel requirements 

According to the market demands, three main 

groups of vessels with the following requirements 

were selected to be studied in this work: 
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i) Group I (expansion vessels and swimming pool 

filters):  

- maximum pressure: 1 MPa  

- maximum temperature: 40 ºC 

ii) Group II (Electric water heaters and other thermal 

accumulators): 

- ,maximum pressure: 1 MPa 

- maximum temperature: 80 ° C 

iii) Group III (expansion tanks using glycol as heat 

exchanger fluid): 

- maximum pressure: 0.3 MPa 

- maximum temperature: 130 ° C 

Table 1 summarizes further requirements for the 

above mentioned pressure vessels.  

 

2.2 Raw materials 

As mentioned before, the pressure vessels will 

consist in an internal plastic liner (to be integral part 

of the final vessel) wrapped with a filament winding 

continuous glass fiber reinforced polymer matrix 

structure. Such vessels present as advantages over 

the existing ones much better price/performance 

ratio, mechanical strength and corrosion resistance. 

Vessels from group I, which demand low service 

temperatures, require the use of cheap thermoplastic 

liners, such as, polyethylene (PE), and structural 

filament winding walls based on an orthophthalic 

polyester resin reinforced with continuous E type 

glass fibers. 

The groups of pressure vessels requiring higher 

service temperature ranges must use liners made 

from much higher thermal performance polymers, 

such as, poly (vinylidene fluoride) (PVDF), 

polyamide (PA), polycarbonate (PC), polyacetal 

(POM) and/or thermosetting resins (isophthalic 

polyester / bisphenolic, vinyl ester). 

 

2.3.1 Liners 

To minimize costs, it was decided to start the study 

from group I vessels liners, requiring lower 

demanding service temperatures (room temperature). 

A liner made from cheap low density polyethylene 

(LDPE), ICORENE
®
 1613 from IcoPolymers, was 

produced by rotational molding to manufacture these 

vessels (Figures 1 and 2). 

The following geometry/capacity was adopted for 

the initial vessels under study(Fig. 3):  

- diameter: 400 mm (approx..) 

- capacity: 0,07 m
3
 (approxim.) 

- vessels dished end geometry: torispherical 

decimal 

It were already produced liners for the more 

demanding pressure vessels of group III in poly 

vinylidene fluoride (PVDF) manufactured by 

rotational molding and in glass reinforced 

isophthalic thermosetting polyester resin (Fig. 4) 

processed by hand-lay-up and vacuum infusion. 

For pressure vessels of group II one aims to use a 

polypropylene (PP) liner processed by rotational or 

blow molding according to the required production 

rate. 

Fig.5 shows the initial stainless steel fittings 

designed to be embedded by polymer in the vessel 

dished ends during rotational molding. As leaks 

were detected through the larger dished end fitting in 

the firsts hydraulic pressure tests made it was 

decided to redraw it. Thus, in order to obtain good 

sealing this larger fitting was made in two parts able 

to be fastening tight into each other with a sealant 

(see Fig. 6). 

 

2.3.2 Filament winding structural wall 

Glass fiber reinforced thermosetting polyester or 

thermoplastic matrices layers were selected to be 

used in the structural wall for all types of vessels. 
 

2.3 Processing equipment 

Figure 7 shows a schematic drawing of 6-axis 

filament winding equipment that was designed to 

manufacture initial prototype composite pressure 

vessels. The following major geometric 

specifications were considered for the equipment: 

1500 mm of maximum vessel diameter, 3000 mm of 

maximum vessel length, longitudinal, transversal 

and vertical head courses of 3020 mm, 610 mm and 

1135 mm, respectively, 300º as maximum rotational 

angle of head vertical axis and 800 mm as maximum 

height of the mandrel rotational axis. 

Concerning to the filament winding equipment 

speeds the following major specifications were 

considered: 0-200 rpm of mandrel rotational speed, 

0-1 m/s, 0-0.6 m/s and 0-0.3 m/s as longitudinal, 

transversal and vertical head speeds and, 0-110 rpm 

as rotational speed of the vertical and horizontal 

head axes. Finally, it was considered the possibility 

of using 15-20 fiber reinforcing strands 

simultaneously and the use of fiber strand bandwidth 

of 80 mm. 

ICCM19 3146



The CADWIND software from Material Company 

[4] was used to simulate the strand fiber path during 

the vessel filament winding, using different desired 

angles. Figure 8 shows simulations of the fiber 

strand trajectory paths for winding angles of 29 º and 

89º, respectively. 

An assembly comprising a robot Motoman HP-20 

and a rotational drive axle was used to assess the 

feasibility of the previously defined trajectories 

(Figures 9 and 10). Such trajectories have been 

validated by the obtained results. 

 

3 Testing 

Samples from points 1 to 4 represented in Fig. 3 

were cut from the LDPE and PVDF produced liners 

were submitted to tensile testing according to ISO 

527 standard in a 50 kN Shimadzu universal testing 

machine at the crosshead speed of 5 mm/min.  

Table 2 summarizes the obtained results. As 

expected the PVDF presented higher mechanical 

properties (strength an modulus) than the LDPE. 

Results also showed that LDPE exhibited a much 

more ductile behavior than PVDF. 

LDPE liners were submitted to hydraulic pressure 

tests at six different pressure levels: 0.154, 0.209, 

0.260, 0.304, 0.358 and 0.499 (MPa). Six strain 

gauges, three able to measure strains in the 

circumferential and the remaining ones in 

longitudinal directions, were bonded to the LDPE 

liner (Fig. 11) in the zones 1, 2 and 4 shown in 

Fig. 3. 

Table 3 shows the experimental results obtained and 

also numerical ones obtained by FEM analysis. The 

ABAQUS
®
 software was used in the FEM 

simulations by considering the linear elastic material 

approach, the LDPE properties shown in Table 2, a 

Poisson’s ratio of 0.37 and the dimensions depicted 

in Fig. 3.  

As may be seen from results shown in Table 3 

substantial differences were obtained between 

experimental and FEM results probably due to the 

non-application of an elasto-plastic material model 

in the numerical simulations as it was demonstrated 

by previous studies [5].  

 

4 Conclusions 

In this work, concerning the development of glass 

fiber reinforced pressure vessels for large scale 

market usages, were defined the requirements for 

different types of applications. Accordingly to the 

defined requirements different raw-materials and 

processing technologies were selected to produce the 

composite pressure vessels.  

A customized filament winding equipment is being 

developed by using computer simulations and 

robotic experiments and tests. 

Liners made of LDPE, PVDF and glass fiber 

reinforced unsaturated polyester resin were already 

produced by rotational molding and hand-lay-up and 

vacuum infusion technologies.  

Relevant mechanical properties were already 

experimentally determined on liner materials. 

Furthermore, LDPE liners were submitted to 

hydraulic pressure tests and the obtained 

experimental strain results compared with FEM 

predictions using a linear elastic material model. The 

differences found between experimental and 

numerical data suggest the need of using an elasto-

plastic material model in FEM analysis. 
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Tables 

Table 1. Pressure vessels requirements 

Vessel 

Group 

Capacity 

(m
3
) 

Diameter 

(mm) 

Length 

(mm) 

Maximum 

Pressure 

(MPa) 

Maximum 

Temperature 

(ºC) 

I 0,02-1,5 250-1000 350-2100 0,6/1,0 40 

II 0,015-1,5 300-1000 300-2100 1,0 80 

III 0,005-0,08 200-400 250-700 0,3 130 

 

Table 2. Tensile properties obtained on the LDPE and PVDF  

Material 

Tensile 

Strength 

(MPa) 

Tensile 

Modulus
b
 

(MPa) 

Strain at 

break 

(%) 

LDPE 19.6 ± 0.5
 a
 489 ± 36 285 ± 92 

PVDF 32.3 ± 2.0 707 ± 56 12.3 ± 0.8 

 
a
 Yield Strength 

 
b
 Modulus at 0.25% 

 

Table 3. Experimental and numerical pressure tests results on the LDPE liner  

 Zone 
Type of 

results 

Pressure (MPa) 

0.154 0.209 0.260 0.304 0.358 0.499 

S
tr

a
in

(%
) 

Circumferential 

zone 1 

Experimental 0,007 0,020 0,035 0,051 0,076 0,171 

FEM 0,060 0,149 0,232 0,304 0,392 0,621 

Longitudinal 

zone 1 

Experimental 0,114 0,289 0,461 0,631 0,846 1,463 

FEM 0,110 0,274 0,427 0,559 0,720 1,141 

Circumferential 

zone 2  

Experimental 0,073 0,199 0,345 0,513 0,753 1,770 

FEM 0,295 0,734 1,141 1,494 1,925 3,052 

Longitudinal 

zone 2 

Experimental 0,019 0,031 0,038 0,040 0,043 0,084 

FEM 0,048 0,120 0,187 0,245 0,316 0,501 

Circumferential 

zone 4 

Experimental 0,020 0,049 0,079 0,116 0,163 0,376 

FEM 0,031 0,077 0,120 0,157 0,202 0,320 

Longitudinal 

zone 4 

Experimental 0,104 0,257 0,412 0,549 0,711 1,145 

FEM 0,078 0,195 0,303 0,397 0,511 0,810 
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Figures 

 

 

 
Figure 1. LDPE liner 

 

 

 

 

   
 a) Rotational mold b) opened mold 

Figure 2. Rotational molding of the thermoplastic liner 
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Figure 3. LDPE liner geometry 

 

 

 

 

 

Figure 4. LDPE liner geometry 
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 a) larger dished end fitting b) smaller dished end fitting 

Figure 5. Initial stainless steel fittings 

 

 

 

 

 
Figure 6. Final larger fitting adopted 
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Figure 7. Schematic drawing of the designed multi-axial filament winding equipment 

 

 

 

 

 

   
 a) 29º angle b) 89º angle 

Fig. 8. Simulation of trajectory fiber paths for different filament winding angles 
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Figure 9.Schematic robotic assembly 

 

 

 

 

 
Figure 10.Used robotic assembly 
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Figure 11. Strain gauges bonded to the LDPE liner. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Polymer foam cored sandwich structures are often 
subjected elevated temperatures. The mechanical 
properties of polymer foam cores degrade 
significantly with elevated temperatures, and 
significant changes in the properties occur well 
within the operating range of temperatures. 
Furthermore sandwich core materials may 
experience multidirectional mechanical stress states. 
Therefore, proper design of sandwich structures 
requires the characterization of the core material 
response under multi-directional stress states. 
Previously, the Arcan test rig has been used to 
measure bidirectional properties of polymer foams 
used for sandwich core materials, especially in the 
bidirectional tensile-shear stress region [1].  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.1: MAF fixture used for compressive characterisation of 
Divinycell H100 [2]. 

 
A modified Arcan fixture (MAF) has been 
developed to characterize polymer foam materials 
with respect to their tensile, compressive, shear and 
bidirectional mechanical properties at room and at 
elevated temperatures, and including the elastic 
coefficients and the full nonlinear stress-strain 
response to failure [2].  
The MAF, which is shown in Fig. 1, enables the 
realization of pure compression or high compression 
to shear bidirectional loading conditions that are not 
possible with conventional Arcan fixtures. The MAF 
is attached to a standard universal test machine 
equipped with an environmental chamber using 
specially designed grips that do not constrain the 
specimen rotation, and hence reduces parasitic 
effects due to misalignment.  

2 Objectives, experimental and 
computational procedures 

2.1 Objectives  

The work presented in this paper focuses on the 
experimental characterisation of cross linked 
Divinycell H100 PVC foam material from room 
temperature to 85°C when subjected to pure 
compressive loading. As established in [2] and [3] 
Divinycell PVC foams are orthotropic, and the full 
orthotropic behaviour is characterised accordingly. 
The MAF fixture [2] was used for the testing, and 
the deformation and straining of the foam core was 
measured using digital image correlation (DIC).  

2.2 Experimental procedure 

Compressive testing of foam core materials are 
conventionally conducted using block shaped test 
specimens. This works well in the linear elastic 

COMPRESSIVE BEHAVIOUR OF PVC FOAM IN ELEVATED 
TEMPERATURE USING DIGITAL IMAGE CORRELATION 

AND A MODIFIED ARCAN FIXTURE 
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range, but for higher stress levels strongly localised 
plasticity and cell crushing dominates the strongly 
heterogeneous deformation and progressive damage 
processes, thus making it difficult to provide a 
physically meaningful ‘homogenised’ interpretation 
of the material behaviour. To circumvent this 
Wierzbicki et al. [4] used a tapered foam specimen 
to obtain a local stress-strain curve.  
In this study, a waist shape (WS) has been selected 
to obtain a ‘homogenised’ compressive stress-strain 
curve for the foam material. The specimen shape and 
dimensions are shown in Fig. 2. The specimen 
thickness was 15 mm, and a 14 mm × 10 mm 
rectangular area (square hatched in the Fig. 2) was 
selected as the ‘region of interest’ (ROI) to measure 
the strain field using digital image correlation (DIC). 
The specimens were milled in the through-thickness 
(TT) and in-plane (IP) directions from a 60 mm 
thickness foam sheet. 
 
 
 
 
 
 
 
 
Fig.2: Waist shape specimen with dimensions and indication of 

‘ROI’ used for DIC measurements. 
 
The elevated temperature tests were carried out 
using an Instron environmental chamber. The 
environmental chamber includes a window in the 
access door, and DIC measurements were conducted 
through the window on the front side of specimen. It 
has been established recently that DIC through the 
window is indeed feasible [4]. The elevated 
temperature test setup is illustrated in Fig. 3.  

2.3 3D finite element analysis procedure 

3D nonlinear Finite Element (FE) analyses have 
been conducted to estimate ‘correction factors’ that 
are used to compensate for the difference between 
the measured surface strain field and the 
inhomogeneous strain field over the specimen gauge 
section. The real physical behaviour of cross-linked 
PVC foams would involve both elastic, viscoelastic 
and plastic deformations, but it is assumed here that 
the elastic and plastic residual deformations under 
the specific test conditions exceed the viscoelastic 

deformations under quasi-static testing conditions. 
The nonlinear FE analyses have been conducted 
using the FE code ABAQUS 6.12. Both geometric 
and material nonlinearity were included; the latter 
through the use of Hill´s anisotropic yield plasticity 
model. The nonlinear FE approach includes an 
iterative solution procedure, which is used to 
‘correct’ the material model in the FE analyses until 
convergence of the derived ‘FE correction factor’ is 
achieved.  

 
Fig. 3: Elevated temperature test setup using improved MAF 

and DIC system. 
 
A flowchart of the approach adopted for correcting 
the experimentally obtained compression stress-
strain curves is shown in Fig. 4. Tensile and shear 
through-thickness (TT) and in-plane (IP) elastic data 
from previous work [2] as well as experimentally 
obtained TT and IP direction compressive moduli 
were used to define input orthotropic material model 
for TT and IP compressive foam models. After 
correction of both the TT and IP compression 
strains, the iterative procedure was repeated until the 
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difference between the compression strain values in 
both directions (TT and IP) obtained in the last 
iteration (iteration n) and the previous iteration (n-1) 
became smaller than 0.1%. Convergence of the 
derived “correction factor” was achieved after 
typically 3-5 iterations for each model. The ‘FE 
correction factor’ is then used to ‘correct’ the stress-
strain response measured on the ROI to obtain the 
average strain on the whole gauge section.  
 

 
Fig.4: flowchart of FE correction procedure adopted for 

correcting the experimentally obtained tensile stress-strain 
curves. 

3 Results 

3.1 Stress-strain response in compression and 
core crushing 

Fig. 5 shows the resulting ‘corrected’ compressive 
stress-stress curve for Divinycell H100 tested in the 
‘through-thickness’ (TT) direction at 70°C. After an 
initially linear region up to a peak stress (collapse 

stress), the curve reveal a sudden drop in stress 
which is initiated by buckling of the foam cell walls 
[5]. The stress drops to an almost constant value 
stress (plateau stress) that does not change with 
increasing strain before local high strain bands (an 
average strain equal to 0.2-0.25 on ROI area) starts 
to develop locally. The DIC images show the 
development of these local high strain bands which 
are associated with extensive plastic deformations 
and core cell crushing.  
 

 
Fig. 5: Compressive behavior of H100 PVC foam in TT 

direction at 70°C and associated DIC images at various strain 
levels. 

 
Fig. 6 shows shows magnified images of a part of 
the specimen about five cells width where the 
localised bands of high strain initiated. It is seen that 
the formation of the high strain band is associated 
with large deformation of a chain of cells.  
 
 
 
 
 
 
 
 
 
 

 
 
 
 
 
 

Fig.6: Magnified images of foam cells in band during 
compression test (red highlighted); (a): image just before 
starting of cell collapse, (b):  crushed band of cells, (c): 

schematic single cell before collapse, and (d): schematic of cell 
during plastic collapse showing plastic bending in the cell walls. 

(b) 

Loading   direction 

(c) (d) 

Plastic 
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Fig. 6a shows an intact highlighted row of cells just 
before the collapse load. The compression loading 
on the axially loaded vertical walls initiated elastic 
buckling in a cell wall with high slenderness ratio 
(thickness to height of cell wall). After buckling of 
one cell wall and the associated loss of local 
stiffness, the load on the neighbouring cell walls 
increased and buckling occurred, which again 
induced higher loads on the adjacent cell walls 
leading to progressing cell wall buckling and plastic 
collapse across a vertical band. Fig. 6b shows the 
chain of cells shown in Fig. 6a after collapse has 
occurred. It is observed that the cells above and 
below the collapse band are intact. Fig. 6c and 6d 
provides a schematic illustration of a single cell in 
the chain/band before and after collapse. The post 
mortem examination of this and other compression 
specimens revealed no indication that cracking cell 
wall fracture occurred in the collapse process. After 
folding of the cell walls and development of a band 
of crushed cells across the width of specimen, local 
densification increases the stiffness and load transfer 
capability across the specimen section. When this 
load becomes higher than buckling load of the intact 
cells, one or more new elastic buckling events occur 
in the intact area of the specimen adjacent to the first 
band of crushed/collapsed cells, and progressive 
crushing continues until densification of all foam 
specimen cells and locking has occurred. In this 
investigation all the compressive tests were stopped 
at a strain level of about 20% well before 
densification and increase of stress leading to final 
compression failure occurred. 

3.2 Stress-strain response as a function of 
temperature 

The stress-strain response of Divinycell H100 has 
been determined for both the TT and IP directions at 
five different temperatures: 23, 40, 55, 70 and 85°C. 
A MATLAB code was used to fit a surface to the 
experimentally obtained stress as a function of 
measured strain and temperature. The fitted surfaces 
were produced using a cubic spline interpolation 
technique. Fig. 6 shows the surface fitting to the 
experimental data for the TT (Fig. 6a) and IP 
directions (Fig. 6b), respectively. The blue circle 
points indicate the experimentally obtained stress-
strain curves at the different temperatures. The 

trends observed from Figs. 6a and 6b demonstrate 
that both Young´s modulus in compression, and the 
peak stress reduce significantly with increasing 
temperature in both the TT and IP directions.  
 

 
Fig.6: Surface fitting of experimental stress-strain curves from 
23˚C room temperature to 85˚C; (a): TT direction, and (b): IP 

direction. 
 
A simplified model of the compressive stress-strain 
response based on the achieved data is shown in Fig. 
7a indicating the important model parameters. The 
normalized curves of collapse and plateau stresses 
are presented in Fig. 7b, and the variation of the 
collapse and plateau strains are indicated in Fig. 7c 
using a single common curve. The dependency of 

(a) 

Temperature (°C) 
Strain, ε11 

(b) 

Temperature (°C) Strain, ε22 
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temperature of all the normalized curves for the 
model parameters are shown in Fig 7d. 

 
 

Fig.7: Simplified compressive stress-strain curve model and parameter variations as function of temperature ; (a): schematic model and  
parameters, (b): Normalized curves of collapse and plateau stresses, (c):  normali zed curve of collapse and plateau strains, and (d): all 

normalized thermal curves for model parameters. 

It is observed that the Young’s modulus 
(compression) and the collapse and plateau stresses 
decrease with increasing temperature, whereas the 
collapse and plateau strains ( pltu  clps &  ) increase 

significantly at temperatures above 70°C.  

4 Conclusions 

A new modified Arcan fixture (MAF) has been 
developed to characterize lightweight polymer foam 
materials with respect to their tensile, compressive, 
shear and bidirectional mechanical properties at 
room temperature and at elevated temperatures. In 
this paper the focus has been on the characterisation 
of polymer foam core materials loaded in 

compression. The Moreover main concluding results 
of the present work are summarized as follows: 
 The MAF was used to characterize the 

anisotropic behaviour of Divinycell PVC H100 
foam in compression at room and elevated 
temperatures. A test setup using thermal 
chamber and Digital Image Correlation (DIC) 
was used for the tests.  

 A waist block (WS) specimen was developed to 
promote the development of a localised core 
cell crush band in the specimen gauge section. 
The results were used to determine the local 
true compression stress-strain curve of the 
polymer foam material at different 
temperatures. 

(a) (b) 

(c) (d) 
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 3D FE analysis was used to derive correction 
factors that were used to correct the measured 
surface strain field to calculate the average 
strain occurring on specimen gauge section. 

 Corrected compressive stress-strain curves for 
Divinycell PVC H100 were derived for 
temperatures in the range between 23 and 85°C 
in the core material through-thickness and in-
plane directions. 

 The compression properties of Divinycell PVC 
H100 foam including Young’s modulus, 
collapse stress/strain, and plateau stress/strain 
presented at room temperature as well as 
temperature dependent formulations of these 
properties in the form of a series of polynomial 
equations. 

The results presented briefly herein comprise a brief 
summary of the research presented in Taher et al. 
[6,7]. 

Acknowledgements 

The work presented was co-sponsored by the Danish 
Council for Independent Research | Technology and 
Production Sciences (FTP), Grant Agreement 274-
08-0488, “Thermal Degradation of Polymer Foam 
Cored Sandwich Structures”, and the US Navy, 
Office of Naval Research (ONR), Grant Award 
N000140710227. The ONR programme manager 
was Dr. Yapa D. S. Rajapakse. The financial support 
received is gratefully acknowledged.  

References 

[1] Deshpande, V. S., and Fleck, N. A. (2001) Multi-
Axial Yield Behaviour of Polymer Foams. Acta 
Materialia. 49, 1859–1866 

[2] Taher, S.T., Thomsen, O.T., Dulieu-Barton, J.M., 
Zhang, S. (2012) Determination Of Mechanical 
Properties of PVC Foam Using a Modified Arcan 
Fixture. Composite Part A: applied science and 
manufacturing. 43 (10), 1698–1708 

[3] Zhang S., Dulieu-Barton J.M., Fruehmann R. and 
Thomsen O.T. (2012) A methodology for obtaining 
material properties of polymeric foam at elevated 
temperatures. Experimental Mechanics. 52(1), 3-15. 

[4] Wierzbicki, T., Doyoyo, M. (2003) Determination of 
the local stress-strain response of foams. Journal of 
applied mechanics. 70, 204-21 

[5] Luong, D. D., Pinisetty, D., Gupta, N., (2013) 
Compressive properties of closed-cell polyvinyl 
chloride foams at low and high strain rates: 
Experimental investigation and critical review of 

state of the art. Composites Part B: Engineering. 44 
(1), 403-416. 

[6] Taher, S.T., Dulieu-Barton, J.M., Thomsen, O.T., 
(2013) Characterisation of thermo-mechanical 
compressive behaviour of PVC foam at elevated 
temperature using digital image correlation and 
a modified Arcan fixture. Submitted. 

[7] Taher, S.T., Dulieu-Barton, J.M., Thomsen, O.T., 
(2013) Experimental characterization and FE 
modelling of tensile and shear tests of PVC foam at 
elevated temperature using a modified Arcan fixture. 
Submitted. 

ICCM19 3160



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 
Recently, environment friendly biodegradable 
composites made of biopolymer matrix reinforced 
with natural fibres have been developed in order to 
compete with conventional composites.  Pre-blend 
of poly (3-hydroxybutyrate-co-3-hydroxyvalerate) 
(PHBV)/ poly (butylene adipate-co-terephthalate) 
(PBAT) incorporated of switchgrass were 
successfully produced by injection molding as new 
biocomposites [1].  It was shown that the addition of 
compatilizer, poly diphenylmethane diisocyanate 
(pMDI) improved the tensile properties and heat 
deflection temperature of the compatibilized 
biocomposite compared to the virgin composites of 
PHBV/PBAT/switchgrass [1]. 
 
The mechanical damage caused by cyclic loads in 
fatigue loading results in a material failure at stress 
levels that are lower than the static strength. For this 
reason, in this study, flexural fatigue behavior of two 
switchgrass based biocomposites was investigated 
using the four point bending test. The matrix 
material of the composite systems was a pre-blend 
of poly (3-hydroxybutyrate-co-3-hydroxyvalerate) 
(PHBV)/ poly (butylene adipate-co-terephthalate) 
(PBAT). PHBV-PBAT blend with (i) 30 wt% 
switchgrass; (ii) 30 wt% switchgrass and 0.75 parts 
by weight compatibilizer, poly diphenylmethane 
diisocyanate (pMDI), were selected for this 
investigation. Furthermore, the fracture surfaces of 
tested specimens were also examined since it has 
been shown that SEM micrograph observation could 

be useful to study the failure mechanisms of 
composites under flexural fatigue loading [2]. 

 

2 Materials and methods 

Switchgrass was obtained from Notts Farms in 
Clinton, Ontario, Canada whereas Pre-blend of 45% 
PHBV and 55% PBAT was procured from Tianan 
Biologic Materials Company Ltd., China. The 
compatibilizer pMDI was supplied by Huntsman 
Polyurethanes, Canada. Pre-blend pellets and 
switchgrass were dried prior to extrusion melt 
mixing followed by injection molding. Details of the 
biocomposite fabrication were described fully in the 
paper mentioned previously [1]. 
 
The flexural specimens were bars of rectangular 
cross section whose dimensions were 135mm × 
12,7mm × 3,2mm. The flexural properties were 
measured according to ASTM standards D6272-02 
(2008). The flexural fatigue tests were performed on 
a MTS servo hydraulic machine (Fig.1) using load 
control mode at R=0.1 ratio (Fig.2). The testing 
frequency was 5Hz. Test specimens of the 
biocomposites with and without compatibilizer were 
subjected to fatigue tests in four points bending 
under various loading levels of 80%, 70%, 60%, 
50% and 40% of flexural static strength of the 
materials. At least five specimens were tested at 
each loading level. 
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Fig. 1. Flexural fatigue testing set-up, 
 
 

 
 

Fig. 2. Load and displacement chart. 
 
 

3 Results and Discussion  

3.1 Fatigue life   
Data on fatigue life of the two studied biocomposites 
are presented in Tables 1 and 2 whereas their S-N 
curves are illustrated in Fig.3. It can be seen that the 

addition of the compatibilizer increases significantly 
both flexural static and fatigue strengths of the 
PHBV-PABT/switchgrass (30 wt%) biocomposite. 
 
 
Table 1. Fatigue strength of PHBV/PABT+30wt% 

SG biocomposite at R=0.1 and 5Hz. 
Maximum alternative stress 

(MPa) 
Number of 

cycles to failure 
Static strength 37.42 0.86 1 

80% Static strength 29.94 0 1057 165 
70% Static strength 26.19  2266 663 
60% Static strength 22.45 0 6471 880 
50% Static strength 18.71 0 29561 2376 
40% Static strength 14.97 0 172686 43438 
 
 
Table 2. Fatigue strength of PHBV/PABT+30wt% 

SG+0.75 phr pMDI biocomposite at R=0.1 and 5Hz. 
Maximum alternative stress 

(MPa) 
Number of 

cycles to failure 
Static strength 46.79 1.15 1 

80% Static strength 37.71 0.00 990 354 
70% Static strength 33.00 0.00 2237 633 
60% Static strength 28.28 0.00 8015 3188 
50% Static strength 23.57 0.00 46113 16546 
40% Static strength 18.86 0.00 329053 79615 
 
 

 
 

Fig. 3.  Fatigue life of two studied materials: 
PHBV/PABT+30wt% SG and 

PHBV/PABT+30wt% SG+0.75 phr pMDI 
biocomposites at R=0.1 and 5Hz. 

Displacement 
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Specimen 

Four points 
flexural 
fixture 
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FLEXURAL FATIGUE BEHAVIOUR OF NEW ENGINEERED BIOCOMPOSITES FROM POLY (3-
HYDROXYBUTYRATE-CO-HYDROXYVALERATE) (PHBV)/POLY (BUTYLENE ADIPATE-CO-
TEREPHTHALATE) (PBAT) BLENDS AND SWITCHGRASS 

3.2 Fractography 

 

 

 

 
 
Fig. 4. Photographs of fractured specimens at final 
stage showing initial tensile cracks in tested 
specimens of PHBV/PABT+30wt% SG composite 
under (a) flexural static loading, (b) fatigue loading 
at 40% of flexural static strength, R=0.1, 5Hz; and 
of PHBV/PABT+30wt% SG + 0.75 phr pMDI 
composite under (c) flexural static loading, (d) 
fatigue loading at 40% of flexural static strength, 
R=0.1, 5Hz. 
 

 
 
 

 
 
Fig. 5. Micrograph of fracture surfaces of a 
specimen of PHBV/PABT+30wt% SG biocomposite 
under flexural static loading. 
 
 
 
 

 
 
Fig. 6. Micrograph of the fracture surfaces of a 
specimen of PHBV/PABT+30wt% SG + 0.75 phr 
pMDI biocomposite under flexural fatigue loading at 
40% of flexural static strength, R=0.1, 5Hz. 
 
 
Fig. 4. shows the photographs of broken specimens 
at the end of the tests for the studied materials under 
static and fatigue loadings. All specimens have 

Male 
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Female 

Male 

Tensile failure Compressive failure 

Tensile failure Compressive failure a 

b 

c 

d 
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initial cracking at tensile loading side independently 
of the loading mode. 
 
Figures 5 and 6 present the V shape fracture surfaces 
of specimens under flexural static and fatigue 
loadings which contain two failure zones. The first 
one represents tensile failure mode and the second 
seems to be caused by compression stress. 
 
Fig. 7 shows SEM micrograph of the fracture 
surface of a specimen of biocomposite reinforced 
with switchgrass under flexural static loading. 
Details of the failure zones are presented in Fig.8. It 
can be seen that the tensile and compressive failure 
modes are well different. The first one is very rough 
having craters showing fibres and matrix pulled out 
whereas the second one, caused by abrasion, is much 
smoother. Furthermore, the compressive zone which 
looks smaller than the tensile failure one, suggests 
that the initial cracking might be caused by tension 
stress. The neutral axis zone had both failure modes. 
There is no transition line clearly observed. 
 
 
 
 
 
 
 

 
 
Fig. 7. SEM micrograph of the fracture surface of a 
specimen of PHBV/PABT+30wt% SG composite 
under flexural static loading.  

 

 

 
 
Fig. 8. Details of the three different zones presented 
in fig. 7: (a) tensile failure, (b) middle, (c) 
compressive failure. 
 
Poor fibre-matrix interface adhesion in the case of 
uncompatibilized biocomposite under flexural static 
loading is shown in figure 9. 

Tensile failure Compressive failure 

Fig. 8c Fig. 8b 

Fig. 8a 
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HYDROXYBUTYRATE-CO-HYDROXYVALERATE) (PHBV)/POLY (BUTYLENE ADIPATE-CO-
TEREPHTHALATE) (PBAT) BLENDS AND SWITCHGRASS 

 
 

Fig. 9. SEM micrographs of biocomposite with 30 
wt% switchgrass under flexural static loading 
showing poor matrix-fibre interface adhesion. 

 
 
The same pattern of failure surface as in the previous 
case can be observed in Fig. 10 and 11 for the 
compatibilized biocomposite reinforced with 
switchgrass. However, for the adhesion at interface, 
the quality is difference. Fig. 12 shows positive 
effect of the compatibilizer on the matrix-fibre 
interface adhesion.  
 
 
 
 
 
 

 
 
Fig. 10. SEM micrograph of the fracture surface of a 
specimen of PHBV/PABT+30wt% SG + 0.75 phr 
pMDI composite under flexural static loading.  

 

 

 
 
Fig. 11. Details of the three different zones presented 
in fig. 10: (a) tensile failure, (b) middle, (c) 
compressive failure. 
 

Compression failure Tensile failure 
Fig. 11c. 
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Fig. 12. SEM micrographs of biocomposite with 30 
wt% switchgrass + 0.75 phr pMDI under flexural 
static loading showing good matrix-fibre interface 
adhesion. 
 
Observations of Figs. 13, 15, 16 and 18 do not 
permit to find any significant effect of fatigue 
loading on the failure modes pattern of the fracture 
surfaces for these two studied materials, except the 
adhesion quality at the matrix-fibre interface shown 
in Figs. 15 and 18. 
 
 
 
 
 

 
 
Fig. 13. SEM micrograph of the fracture surface of a 
specimen of PHBV/PABT+30wt% SG composite 
under fatigue loading at 40% of flexural static 
strength, R=0.1, 5Hz.  

 

 

 
 
Fig. 14. Details of the three different zones 
presented in fig. 14: (a) tensile failure, (b) middle, 
(c) compressive failure. 
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Fig. 15. SEM micrograph of fracture surface of a 
specimen of PHBV/PABT+30wt% SG composite 
under fatigue loading at 40% of flexural static 
strength, R=0.1, 5 Hz showing poor matrix-fibre 
interface adhesion.  
 
 
 
 
 
 
 
 

 
 
Fig. 16. SEM micrograph of the fracture surfaces of 
a specimen of PHBV/PABT+30wt% SG + 0.75 phr 
pMDI composite under fatigue loading at 40% of 
flexural static strength, R=0.1, 5Hz(more details are 
shown in fig. 18). 

 

 

 
 
Fig. 17. Details of the three different zones 
presented in fig. 17: (a) tensile failure, (b) middle, 
(c) compressive failure. 
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Fig. 18c. 
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Fig. 18. SEM micrograph of the fracture surface of a 
specimen of PHBV/PABT+30wt% SG + 0.75 phr 
pMDI composite under fatigue loading at 40% of 
flexural static strength, R=0.1, 5Hz showing good 
matrix- fibre interface adhesion. 
 
 
Finally, effect of loading modes (static and fatigue) 
on the fracture surface of specimens of the two 
studied materials cannot be identified clearly by 
comparison between Figs. 7, 10, 13 and 16. 
 
 

4 Conclusion  

 
Results of the mechanical tests suggest that the 
compatibilizer enhanced the flexural strengths of the 
composites under static and fatigue loadings. This 
positive effect on the strengths is supported by the 
fracture surface morphology investigation which 
confirms the good fibre-matrix adhesion in the case 
of biocomposite containing compatilizer. As for 
failure mechanisms, tensile and compressive 
modes are observed on the V shape fracture surfaces 
of tested specimens under both cases of loading. The 
same pattern is found for the two studied materials. 
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1  Introduction  

Functionally graded materials (FGM) are advanced 

composite materials formed of two or more 

constituents with a continuously variable 

composition which results a continuous variation of 

material properties from one surface of the material 

to the other. First introduced for high-temperature 

aerospace applications, the concept of FGM is 

currently actively explored in a variety of 

engineering areas, and methods and tools have been 

developed to analyse and design of structural 

elements incorporating FGMs, see reviews [1,2]. 

In coatings technology, the FGM concept is used to 

eliminate the mismatch between material properties 

at the coating/substrate interface, typical of 

conventional coatings, thus increasing coating’s 

resistance to functional failure in the form of 

cracking and debonding. Elastic flexural behaviour 

of coated plates with functionally graded coatings 

has been investigated both for rectangular [3-6] and 

circular plates [7], however only simple loading 

cases were considered in these studies.  

This paper presents a three-dimensional (3-D) 

elasticity analysis of coated plates with coating 

properties graded in thickness direction under three 

different types of loading: Uniformly Distributed 

Loading (UDL), Patch loading, and Point loading. A 

combination of analytical and computation means is 

used to study stress and displacements fields in the 

coated plates subjected to these transverse loadings. 

 

 

2  Methodology 

The analysis is based on the 3-D elasticity solution 

for a functionally graded rectangular coated plate 

developed by Kashtalyan and Menshykova [3-5] on 

the basis of the solution [8]. Here, this approach is 

extended to enable investigation of graded coatings 

under a variety of loading conditions and to study 

the combined effect of coating structure and loading 

type on the elastic deformation of coated plates. 

A single layer coated plate of length a, width b, and 

total thickness h is referred to the Cartesian co-

ordinate system 321 xxOx . The substrate, of the  

thickness )1(h
)1(

30( hx  ), and the coating, of the 

thickness )1()2( hhh  )( 3

)1( hxh  , are assumed 

to be perfectly bonded to each other and to have 

constant Poisson’s ratios const )2()1(  . The 

shear moduli of the substrate )1( k  and the coating 

)2( k  vary exponentially through the thickness 

according  

2,1,exp)( 3)()(

3

)( 







 k

h

x
gxG kkk      (1) 

where 
)(k  are the inhomogeneity parameters, and 

)()()( hGg kk  . 

The loading, ),( 21 xxQ , is applied to the upper 

surface of coating, while the bottom surface of the 

plate remains free. It is assumed that the loading can 

be expressed as a double Fourier series 
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Various loading schemes can be investigated using 

this method. In particular, uniformly distributed 

loading 021 ),( qxxQ   yields 

mn

q
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 ,   m,n = 1,3,5,…        (3) 

For a point force P  applied at the point ),,( 0
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 ,   m, n = 1,2,3,…  (4) 

For patch loading 021 ),( qxxQ   applied at the 

centre of the plate dxdcxc  21 , , we 

have 
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Three-dimensional displacement field in the plate 

can be represented in terms of two displacement 

functions [3-5] as 
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From Eq. (6) and the constitutive equations for an 

isotropic inhomogeneous material, the components 

of the stress tensor can be expressed in terms of 

displacement functions )(kL  and )(kN  as 
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Functions 
)(kL  and )(kN  must satisfy the following 

partial differential equations  
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If the edges of the plate are assumed to be simply 

supported, the variables in the functions )(kL  and 
)(kN  can be set as 
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The displacement functions method presented above 

leads to the following representations for 

displacement and stress fields in a coated plate: 
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Here, 
)(

,

k

mnjA are sets of 12 arbitrary constants, which 

for any pair of m and n can be determined from the 

stress and displacement continuity conditions at the 

coating/substrate interface and boundary conditions 

at the top surface of the coating and bottom surface 

of the substrate. These conditions lead to a set of 12 

equations solved in MATLAB. 

For displacements, functions 
)(

,

k

jmniU  are  
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3  Results and discussion 

The extended solution, Eqs. (12), was validated 

through comparison with data available in the 

literature [3,9] as well as with predictions of a finite 

element model developed in ABAQUS which 

employs the user-implemented graded elements 

[10].  

Table 1 shows comparison between the present 

model and Reddy’s plate theory [9] for a square 

)( ba   simply supported plate with 10/ ha under 

UDL. The results are given for stresses and 

displacements normalised as follows: 

)/)(,5.0,5.0( 0

43

33 qaEhhbauu  , 

)/)(,5.0,5.0( 0

22

1111 qahhba  , 

)/)(,0,0( 0

22

1212 qahh  , 

),/)(,5.0,0( 01313 aqhhb   

where  

)1(2  GE  

Excellent agreement was found between analytical 

and finite element predictions. 

On the basis of the extended solution presented in 

the previous section, a comparative study was 

carried out to establish the specifics of stress and 

displacements fields in coated plates under three 

types of loading: Uniformly Distributed loading, 

Patch loading and Point loading. To compute 

stresses and displacements, the infinite series in Eqs. 

(12) are truncated to finite sums, with the number of 

terms in the sum determined from a convergence 

study for a given type of loading. For UDL and 

Patch loading, the number of terms in m and n 

required to achieve convergence was found to be 29, 

for Point loading it was 49. 

The results of the comparative study are presented in 

Figs. 1-6, where through-thickness variation of 

normalised stresses 
0/ qijij    and normalized 

displacements )/( 0hquGu ici   is shown for plates 

with homogeneous coating (HC) and functionally 

graded coating (FGMC). The shear modulus ratio 

between the coating and substrate is taken as 

10/ sc GG , where 
cs GG ,  is the shear moduli of 

the homogeneous substrate and the homogeneous 

coating, respectively. In the graded coating, the 

shear modulus varies from the 
sG  value at the 

interface to the 
cG  value at the top surface. The 

homogeneous substrate is modelled as FGM with 
5)1( 10  in Eq. (1). 

For UDL and Patch loading, the length-to-thickness 

ratio of the plate was taken as 10//  hbha , and 

the patch size is taken as aa 25.025.0  . For Point 

loading, the ratio 50//  hbha  was considered. 

The type of coating has a strong influence on the 

through thickness variation of the in-plane normal 

stress 11 (Fig. 1). As opposed to the HC case, 

where a large discontinuity in this stress component 

is present, in the FGMC case, variation of this stress 

component is continuous across the coating/substrate 

interface. However, while replacement of HC with 

FGMC eliminates the stress discontinuity, it leads to 

increase in stress magnitude at the top surface of the 

coating compared to the HC case. Similar 

dependency is observed for the in-plane shear stress 

12  (Fig. 2).  

The out-of-plane normal 33  and shear 13  stresses 

(Figs. 3, 4) are continuous across the 

coating/substrate interface due to perfect bonding 

between the coating and substrate. The type of 

transverse loading has little effect on the variation of 

33  in both HC and FGMC cases. For the transverse 

shear stress 13 , replacement of the homogeneous 

coating with a graded one reduces the magnitude of 

stress within the substrate in the vicinity of the 

interface, and also reduces the maximum value of 

this stress.  

Through thickness variation of the in-plane 

displacement 1u  (Fig. 5) in both cases is almost 

linear for all considered types of transverse loading. 

The value of the normalized transverse displacement 

3u  (Fig. 6) in the FGMC case is greater than in the 

HC case due to some loss of flexural stiffness 

associated with replacing a homogeneous coating 

with a graded one. Because of the large length-to- 

thickness ratio of the plate subjected to Point 

loading, transverse displacement is almost constant 

through the thickness in this case. 
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Table 1.  Comparison between the present model 

and Reddy’s plate theory [9] for a square )( ba   

simply supported plate with 10/ ha under UDL. 

 

 Present 

solution 

Reddy’s 

theory [9] 

Difference, 

% 

3u  0.0460 0.0444 3.48 

11  0.2904 0.2873 1.07 

12  0.1949 0.1946 0.15 

13  0.4869 0.4909 -0.82 
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Fig. 1.  Through-thickness variation of the 

normalised in-plane stress ),5.0,5.0( 311 xba  in 

plates with homogeneous (HC) and functionally 

graded (FGMC) coatings. 

 

 

Fig. 2.  Through-thickness variation of the 

normalised in-plane shear stress ),0,0( 312 x  in 

plates with homogeneous (HC) and functionally 

graded (FGMC) coatings. 
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Fig. 3.  Through-thickness variation of the 

normalised out-of-plane normal stress 

),5.0,5.0( 333 xba  in plates with homogeneous 

(HC) and functionally graded (FGMC) coatings. 

 

 
Fig. 4.  Through-thickness variation of the 

normalised transverse shear stress 

),5.0,0( 313 xb  in plates with homogeneous 

(HC) and functionally graded (FGMC) coatings. 
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Fig. 5.  Through-thickness variation of the 

normalised in-plane displacement ),5.0,0( 31 xbu  

in plates with homogeneous (HC) and 

functionally graded (FGMC) coatings. 

 

Fig. 6.  Through-thickness variation of the 

normalised transverse displacement 

),5.0,5.0( 33 xbau  in plates with homogeneous 

(HC) and functionally graded (FGMC) coatings. 
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1 Introduction  

A typical scenario of a naval composite ship 

hull being exposed to air-borne hostile fire can be 

described as follows; shortly after detonation a 

scatter of fragments will travel at high speed 

creating patterns of penetration and perforation 

damages on the ship hull. Subsequent to these 

fragment damages a high intensity pressure wave 

will cause the ship hull panels to deform at an 

elevated strain rate. Hence, the high intensity 

pressure wave hits an already damaged structure 

motivating the study of notched laminates at high 

rate loading. The design procedure for handling such 

a complicated loading scenario could be envisaged 

by the following steps: 

We model the geometry of the blast situation, 

which could be a compartment or a panel surface. 

One then places the threat at some position where it 

explodes. By knowledge of the threat one can 

simulate each fragment having a particular mass, 

velocity and direction. Each fragment will thus hit 

the structure and depending on its mass, incident 

angle and the structure type (material, thickness, 

etc.) the fragment will penetrate the structure, create 

some damage or be completely stopped. One thus 

follow an arbitrary number of fragments and detect 

which elements they hit in the structure and if they 

create some damage (e.g. penetration). The next step 

is to create an FE-mesh of the structure. But from 

the first step one now reduces the properties of the 

structure, or structural material, by the amount of 

damage created by the fragments. Some elements 

will have many holes and thus considerably lower 

stiffness and strength than the undamaged material. 

In the final step one performs the blast analysis by 

applying a transient shock wave with a given 

momentum and rise time according to the threat 

assumed. By adopting such a strategy it should not 

be necessary to model each hole or damage in the 

structure which would lead to enormous amounts of 

modelling and computational efforts. 

The aim of the present paper is to contribute to the 

second step in the analysis scheme by finding simple 

and rational methods to predict the strength 

reduction of composite laminates with stochastic 

hole patterns generated by e.g. fragments. This 

research is based on a methodology developed by 

Kazemahvazi and Zenkert [1-3] in which more 

details on section 2-3 can be found. For this paper 

the phenomenological residual strength model has 

been further refined and is now used to predict the 

strength of full scale composite panels with 

randomly distributed fragment damages. 

 

2 Experimental protocol – laboratory scale 

testing 

Tri-axial glass fibre non-crimp fabrics infused with 

vinyl-ester resin have been used for all laboratory 

scale experiments. The laminates, denoted DBL600, 

have 33% fibres in the 0-degree direction (loading 

direction) and remaining fibres in ±45degree 

direction. The specimen dimensions are length x 

width = 150 mm x 50 mm with a gauge length of 

100 mm. A random hole pattern was applied to the 

central patch of the specimen (50x50 mm). All holes 

had a diameter of 5 mm. Each specimen was tested 

in a screw-driven test machine at a quasi-static 

loading rate. The load was measured using a 30 kN 

load cell and full strain field measurement was 

obtained using digital image correlation.  

 

3 Finite Element Analysis 

A finite element model was developed in order to 

make numerical experiments for a number of 

RESIDUAL STRENGTH OF FULL SCALE GRP LAMINATES 
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different hole configurations and hole densities. The 

numerical experiments, together with the actual 

experiments, were used as input for the statistical 

percolation theory model.  

 

3.1 Model description  

The finite element simulations were performed in 

the commercial finite element code ABAQUS. The 

specimen was modelled as a shell with composite 

layup. Constitutive material properties were chosen 

as in table 1 and calibrated against tensile test 

experiments for an un-notched specimen. In order to 

model the onset and progression of damage the in-

built damage model for fibre reinforced composite 

materials was used. This is based on the failure 

criteria developed by Hashin and Matzenmiller and 

is described in more detail by Lapczyk and Hurtado 

[4]. The energy release rates were estimated and 

calibrated against experimental results for a number 

of hole configurations – thus the energy release rates 

were not experimentally measured. Further a small 

material viscosity, η, was used to improve the 

convergence of the analysis. In an implicit analysis 

(quasi-static) the viscosity only have minor effects 

on the global load-displacement response but 

improves the convergence rate of the simulation 

significantly. A discussion on this is given by 

Lapczyk and Hurtado [4]. 

A mesh convergence study was performed and an 

element size of approximate 0.2 mm was required in 

the vicinity of the hole in order to get sufficiently 

high resolution of the stress field (and thereby a 

converged value for the specimen strength).  

 

3.2 Benchmarking of FE-model to experimental 

data 

FE-simulations were benchmarked against 

experimental observations for a variety of hole 

densities and hole configurations. Fig. 1 and Fig. 2 

show examples of comparison between FE-

simulations and experimental observations. The 

specimens in these examples have 5 and 10 

randomly distributed holes respectively. It is 

observed that the FE-model is able to predict the 

global load-deflection response with good accuracy. 

Comparisons between the full strain fields also show 

good agreement both in terms of areas of strain 

concentrations and the quantitative level of strains.  

 

A summary of all benchmarking FE-simulations are 

found in table 2. The majority of the simulations 

show good agreement with the experimental 

observations. However, hole configurations 5-5 and 

10-1 and 20-1 show significantly larger discrepancy. 

An explanation for this is that each hole 

configuration was only experimentally tested once. 

Considering the possibility of small deviations in 

manufacturing (e.g. in the drilled hole pattern 

geometry) and the natural deviation in the strength 

of the material, somewhat larger spread in strength 

would be expected as compared to un-notched 

specimens (which usually have a spread of a few 

percent). 

 

3.3 Residual strength predictions for laminates 

with large number of randomly distributed holes 

The described FE-model was used in order to 

generate a bulk mass of residual strength data as 

input for the statistical strength prediction model 

described in section 4. The benefit of using 

numerical experiments is that the time consuming 

process of manufacturing specimens with a large 

number of holes is reduced. The drawback is 

however that there will be somewhat larger 

uncertainties in the input data.  

 

4 Statistical phenomenological model  

Percolation theory has been used in order to develop 

a fast and effective model to predict the residual 

strength of laminates with randomly distributed 

holes. The normalized fracture strength, F, as 

function of hole density, P, can be described by [5-

7],  
2.2 2

( ) 1
c c c

c c c

P P P P P P
F P k m n

P P P

        
        
       

 

 

(1) 

where k, m and n are fitting coefficients. P is the 

hole density, i.e. the total area of holes divided by 

the total area of the plate. P
c
 is the percolating 

threshold. It is defined as the hole density at which 

the plate will have zero strength. For an infinite plate 

this value is 0.64 (64 % area of holes). Since the 
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model is only based on one variable, P, no 

consideration is taken to changes in residual strength 

as function of different hole patterns. Further, if the 

fitting of eq. 1 is performed solely on numerical 

simulations – potential deviations in residual 

strength due to deviations in material properties will 

not be captured.  

By assuming that P
c 

= 0.64 and employing a least 

squares fit based on the Marquardt-Levenberg 

algorithm the solid line in Fig. 3 is obtained. The 

fitting coefficients in eq. 1 are then; k = 1.247, m = 

1.64 and n = 1.185 resulting in a coefficient of 

determination of R
2
=0.96.  Fig. 3 now shows the 

normalized strength as function of the hole density. 

The squares are data points from experiments and 

the diamonds are strength predictions by numerical 

simulations. Although some outliners can be 

observed the overall accuracy of the fit is good. 

Obviously, the potential outliners can be identified 

easier the more experimental and numerical data that 

is used in the curve fitting model. Thus, the quality 

of the fit and the accuracy of the strength predictions 

(eq. 1) will increase with number of observations. 

Since the present study is only based on a limited 

number of experiments the quantitative strength 

predictions will have lower accuracy. Typically 

hundreds of simulations are required in order to 

obtain high accuracy fit. 

 

5 Experimental protocol – full scale testing 

A total of 14 sandwich panels of dimension 1200 by 

800 mm were exposed to real fragments from a 

fragmenting shell. The panels were placed in a circle 

around the shell at various distances, see Fig. 4a. 

The sandwich panels had face sheets made from 

glass-fibre reinforced composite laminates with 

DBL-type reinforcement and vinyl-ester matrix. 

After being exposed to the fragmenting shells the 

panels were cut up in their length direction and the 

face sheets were removed so that each laminate 

could be tested separately. Tensile testing was 

performed on laminates of dimension 400 by 1200 

mm in the direction of 0-degree fibres. The tests 

were performed in a MTS universal testing machine 

at a constant displacement rate of 0.1 mm/s, i.e. 6 

mm/minute. During the testing the machine 

displacement and load was monitored. Surface strain 

measurements were performed using a digital image 

correlation system (GOM Aramis). The test set-up is 

shown in Fig. 4b. 

The panel laminates were tested until fracture which 

in all cases was a net section fracture through some 

paths along the fragment holes. The failure load was 

normalised with the cross-section area to calculate a 

nominal failure stress which was then normalised 

with the strength of undamaged laminates. 

 

6 Estimation of hole area – full scale testing 

From photographs of the panels and also from the 

strain images from the DIC-measurements one can 

try to estimate the fraction of holes. Fig. 5-9 shows 

photographs of panels with fragment holes. These 

panels represent a side with entry holes, i.e. this side 

was exposed to incoming fragments. The hole radii 

are still difficult to see clearly. The photographs 

were read into an imaging software (PAINT.NET), 

the holes were masked manually and then the 

photograph was turned into a black-and-white 

bitmap. The masking was performed using two 

different techniques, one where only the visible 

holes were masked (b) and one where the entire 

delaminated area around the holes were mapped (c). 

These two masking techniques would represent a 

lower and an upper bound of the actual hole area of 

the panels. Each bitmap was analysed with a 

MatLab-script and the relative area of the holes was 

calculated. 

As can be observed in Fig. 5-9, there is a large 

spread in the relative hole area depending on what 

masking techniques that has been used. It was found 

that the lower masking bounds typically fall in the 

regime of 8%-10% hole area whereas the upper 

masking bounds typically fall in the regime of 20% 

hole area.  

7 Comparison between experimental findings, 

numerical predictions and analytical predictions 

As described in section 1, the design procedure 

for handling a complicated loading scenario as this 

would be performed by first modelling the fragment 

scatter produced by a threat (e.g. artillery shell). The 

fragment scatters would give a statistical distribution 

of amount of holes, hole size and hole position for 

the loaded panel. This information would then be 
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used to get the statistical bounds of the residual 

strength of the fragment damaged panel.  

In this paper we are reverse engineering the hole 

patters from actual full scale testing which results in 

an inherent spread of the results correlated to how 

well the hole areas can be mapped as exemplified in 

section 6. 

The minimum and maximum hole area bounds as 

function of the normalized residual strength for each 

panel (panel 1-9) have been plotted in Fig. 3. 

In most cases, the percolation theory predictions fall 

within the area bounds of the full scale experiment 

panels. There are, however, a number of 

observations to be made. 

All panels have a span in area bound of 

approximately 10 percent points accept for panel 3. 

Looking at the hole patterns for panel 3 (Fig. 6a), it 

can be seen that there are a high number of small 

holes (approximately 40 holes) and around each hole 

a significant delamination area is observed. These 

delamination areas add up to a larger total area 

resulting in a high upper bound. In reality, the 

amount of holes in the panel is likely closer to the 

lower bound which is also in agreement with the 

analytical predictions.  

The residual strength for two panels, P7 and P5, falls 

outside of the analytical predicted value. P7 has 

somewhat higher residual strength than the 

analytical predictions and P5 has somewhat lower 

residual strength than the analytical predictions. 

Looking at panel 5 (Fig. 7a), a large damage zone 

can be observed over the mid-section of the panel. A 

crack like formation runs from left edge of the panel 

to the right edge. A concentrated damage zone like 

this can explain why the residual strength of the 

panel is low despite a small area of damage.  

Looking at panel 7 (Fig. 9a), the damages look quite 

the opposite. There are a large number of holes 

(resulting in large hole area) but the holes are well 

distributed with little damage between the holes. 

Portions of the panel have almost no damage (on 

contrary to panel 5) and are able to carry and 

distribute the load between the holes resulting in 

higher residual strength. 

 

8 Concluding remarks 

The scenario of coupled fragment and blast loading 

has been investigated by analysing the residual 

strength of panels with multiple holes and fragment 

damages. A time-efficient semi-analytical model, 

based on percolation theory, has been developed to 

predict the residual strength of panel with a 

predefined damage/hole area. In order to calibrate 

the percolation theory model, laboratory scale 

experiments has been performed on specimens with 

a range of randomly distributed hole patterns. To 

build a larger base of statistical data, a finite element 

model was developed and used to perform numerical 

experiments on a larger set of different hole patterns. 

Finally, a limited number of full scale experiments 

have been performed on composite panels which 

have been subjected to fragment impacts from a real 

blast scenario. It is concluded that the analytical 

model, albeit being based on only a single variable 

(hole area), is useful to predict the residual strength 

of panels with randomly distributed fragment 

damages.  
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1tX (N/mm) 1cX (N/mm) 2tX (N/mm) 2cX (N/mm) η 

15 15 0.5 0.5 < 0.0005 

  
Table 1: Material data properties used in the finite 

element model. The indexes 1 and 2 refer to the axes 

along and transverse the fibre direction respectively. The 

indexes t and c refer to tensile and compressive loading. E 

is the Young’s modulus, G the shear modulus, σ the 

strength, X the energy release rate and η the viscosity 

coefficient. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Specimen Failure 

load Exp. 

(kN) 

Failure load 

FE 

(kN) 

Discrepancy 

5-1 9.13 8.70 -4.7% 

5-2 8.14 7.43 -8.7% 

5-3 8.53 8.05 -5.7% 

5-4 8.68 8.97 3.3% 

5-5 10.09 7.40 -26.7% 

10-1 11.32 8.82 -22.1% 

10-2 8.31 8.18 -1.5% 

10-3 8.99 9.24 2.7% 

10-4 7.86 7.15 -9.0% 

10-5 7.95 7.97 0.2% 

20-1 5.82 7.38 26.8% 

20-2 5.77 6.15 6.6% 

20-3 8.15 8.07 -1.0% 
Table 2: Summary of simulations benchmarked against 

experimentally measured failure load. 
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Fig.1. Comparison between experimental and FEA load-deflection curve for a specimen with 10 randomly distributed holes. 
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FE

Experiment

 
Fig.2. Comparison between experimental and FEA load-deflection curve for a specimen with 5 randomly distributed holes.
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Fig. 3. Summary of laboratory experiments (squares), numerical predictions (diamonds) and large scale experiments 

(crosses). 

 
 

  

 (a) (b) 

Fig. 4.  (a) Set-up for fragmentation and (b) set-up for tensile testing of damaged panels. 
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 (a) 

 (b) 

 (c) 

 (d) 
Fig. 5. Graphs of Panel 1 (P1); (a) Pre tensile test 

photograph (b) Minimum masking around holes only (c) 

Maximum masking including all delamination (d) Digital 

Image Correlation graph at peak load 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

(a) 

(b) 

(c) 

Fig. 6. Graphs of Panel 3 (P3); (a) Pre tensile test 

photograph (b) Minimum masking around holes only (c) 

Maximum masking including all delamination  

 

(a) 

(b) 

 (c) 

Fig. 7. Graphs of Panel 5 (P5); (a) Pre tensile test 

photograph (b) Minimum masking around holes only (c) 

Maximum masking including all delamination  
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(a) 

(b) 

(c) 

Fig. 8. Graphs of Panel 6 (P6); (a) Pre tensile test 

photograph (b) Minimum masking around holes only (c) 

Maximum masking including all delamination  

 

(a) 

(b) 

(c) 

Fig. 9. Graphs of Panel 7 (P7); (a) Pre tensile test 

photograph (b) Minimum masking around holes only (c) 

Maximum masking including all delamination  
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1 Introduction  

Cellular polymer closed cell foams are broadly used 
as the core material of lightweight sandwich 
structures. Common polymer closed cell foams 
include PVC, PMI, PU or PET foams. Ideally, 
polymer foam core materials are considered as 
homogenous isotropic materials. However, in 
practice most polymer foams perform both 
heterogeneous and anisotropic material behaviour 
due to the density variations and directionality of 
foam cells developed during the manufacturing 
process [1]. A previous study has characterized the 
material properties of an orthotropic PVC foam 
material [2]. However, a significant amount of time 
and effort was spent on designing the different test 
specimen shapes needed to reach a uniform 
stress/strain state in the gauge area. Therefore an 
efficient experimental methodology is proposed in 
the present work to identify all the material stiffness 
parameters of a PVC foam material in one single test 
using Digital Image Correlation (DIC) and the 
Virtual Fields Method [3]. The study focuses on 
optimizing the test configuration in terms of the 
accuracy of identifications. The idea is to simulate a 
series of synthetic images as the ones generated 
from actual experiments. Then Digital Image 
Correlation and the Virtual Fields Method will be 
implemented into a routine to process the synthetic 
images. By introducing several different error 
sources, such as subset sizes, smoothing levels, 
measurement area, noise, the identified results can 
be evaluated to identify the optimized test 
configuration.                    

2 DIC testing setup 

In the present study, a modified Arcan fixture was 
used to characterize the constitutive parameters of 
PVC foams (shown in Fig. 1). The fixture has been 
developed recently to identify orthotropic material 
parameters [2]. By connecting different loading 
holes on the fixture, more complex loading 
conditions can be introduced compared with the 
conventional Arcan fixture. Two cameras with a 
resolution of 2048 x 2048 pixel2 were placed on 
opposite sides of the specimen to capture the images 
on both sides simultaneously. The cameras were 
rotated according to the loading angle of the 
specimen so that the displacements and strains were 
computed along the global coordinate direction of 
the specimen. A small cubic H100 PVC foam 
specimen [4] with 20x20 mm2 measurement area 
were bonded to aluminum tabs and fixed into the 
fixture.    
          

 
                       

                        Fig.1 DIC test set-up 
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3 VFM 

The Virtual Fields Method is an effective technique 
to process full-field measurements to characterize 
the material properties. It expresses the condition of 
global equilibrium of the tested specimen using the 
principle of virtual work and solves the inverse 
problem directly. One of the most important issues 
in the VFM is to choose a suitable test configuration. 
Since the heterogeneous stress/strain fields play an 
important role in the identification procedure, it is 
very important to have a test configuration that 
activates all the sought constitutive parameters of the 
materials under investigation. Optimization of the 
test configuration for VFM identification was firstly 
proposed by Pierron et al. (2007) [5]. Recently, a 
refined test configuration design procedure was 
proposed by Rossi and Pierron [6]. The study used 
the grid method as the full-field technique and 
simulated the whole measurement and identification 
chain, including image forming and grid method 
algorithm. 
 

4 Optimized test design of PVC foam 
identification 

The quality of the VFM identification depends on 
various factors, such as test configurations, 
measurement areas, smoothing techniques and so on. 
In the previous paper [7], using the strain fileds from 
FE simulations, the effect of different test 
configurations on the VFM identified results was 
studied.[7]. Optimized test configuration was sought 
that could activate all the stress components to 
provide a balanced identification of all stiffness. 
This selected optimal test configuration resulted in a 
significant improvement of the VFM identification 
compared with other test configurations. However, 
the actual experimental validations indicated that 
there were still some differences between the 
identified parameters and the reference values 
(obtained from conventional mechanical testing 
methods).  Thus, in this study, a complete 
measurement precess is simulated based on the 
procedure proposed in [6] to include the error 
introduced by the DIC measurement techniques, 
such as the effect of the spatial resolution when high 
deformation gradients have to be measured. By track 
all possible sources of bias, regularizing parameters 

(subset size, smoothing…) can be chosen in a more 
rational way. 

4.1 Simulating the DIC measurements 

The DIC measurement presented in Fig.1 is 
reproduced by simulating a real acquisition of 
speckle patterns with DIC. . The reference image 
used here is a random white light speckle captured 
from the previous DIC measurements. Then the grey 
level of the reference image is deformed according 
to the displacement fields calculated using FE 
simulations. The deformation process is performed 
numerically using an interpolation routine. The 
unreformed and deformed synthetic images are 
processed by DIC software [8] to calculate the 
displacement and strain maps. This speckle 
deformation procedure has been validated on a 
uniform strain map. The reference and deformed 
synthetic images of pure shearing loading condition 
are shown in Fig.2. Fig.3 (a) indicates the strain 
maps obtained from the simulated synthetic speckle 
patterns processed by DIC. Fig.3 (b) is the strain 
maps obtained from the FE model. Two sets of 
results display clear consistency, especially at the 
areas with high strain concentrations. These are 
mainly caused by the spatial resolution of the DIC 
technique. The stimulated DIC strain maps has 
lower strain concentration compared with the FE 
strain maps due to the low pass filtering effect of the 
DIC measurements. This is an important source of 
error included in this study using this simulated DIC 
measurement process. 
 

                   
                  (a)                                      (b) 

Fig.2 (a) Reference synthetic image (b) Deformed 
synthetic image 
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                                       (a) 

 
                                        (b) 

Fig.3 (a) Strain maps from DIC using the synthetic 
images without noise (b) Strain maps from FE 

modeling 

4.2 Study the optimized test configuration 
without noise 

Two design variables are selected here to identify 
the optimized test configuration. First one is the 
loading angle which can be adjusted by connecting 
to different holes of the modified Arcan fixture. 
Another one is the material principal direction which 
can be varied by cutting the specimen in different 
directions within the foam slab. Finite Element 
analyses were conducted using ANSYS version 13.0 
along with the ANSYS APDL language, to create 
various simulated displacement fields with different 
combinations of the two design variables. The 
material principal direction was selected from 0° to 
90° with increments of 5°. The load angle was 
selected from 0° to 90° (pure shear to pure tension) 
with increments of 15° according to the real design 
of modified Arcan fixture. By imposing the FE 
displacement fields on the reference speckle pattern, 
synthetic deformed images with different test 
configurations are produced. Then the displacement 
fields are processed by the DIC routine to calculate 
the strain fields of different test configurations. At 
the end, a subroutine of VFM is used to identify the 
material stiffness parameters. Several error functions 
will be defined to evaluate the overall performance 
of VFM identifications and find the best test 
configuration. Initially, the optimized test 
configuration will be studied without introducing 
noise. An error function C1 is defined in eq. (1).  
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where α is the loading angle, θ is the off-axis angle 
of material principal direction, Qijref  is the reference 
values of the four identified material stiffness 
parameters inputted into the FE model, and  Qij  is 
the identified parameters using the simulated DIC 
strain fields. This error function calculates the 
average value over N repetitions. Since noise effect 
is not considered in this study, N is equal to 1. The 
error function C1 involves bias (mean) and scatter 
(standard deviation). Here, objective is to figure out 
the bias due to the spatial resolution of DIC, hence 
the separation between mean and standard deviation. 
The error function C1 is plotted as a contour map 
with respect to the design variables. The previous 
work has indicated that the missing data on the 
upper and bottom free edges of the specimen has a 
significant influence of the identification results [7]. 
Therefore, missing data on the free edges will be 
reconstructed in this study by copying the nearest 
data points to the missing data positions. The plots 
of error function C1 after and before the 
reconstruction are presented in Fig. 4 and Fig. 5. The 
results indicate the similar trend with the previous 
work [7] using FE strain fields. The tensile loading 
test configuration gives the most stable identification 
when there are some missing data points on the free 
edges. After reconstructing the missing data, the 
identified results from several other test 
configurations also get a significant improvement. 
Meanwhile, much larger overall identification error 
can be observed in Fig.4 compared with the contour 
map calculated from FE simulated strain fields 
(shown in Fig. 6). The reason is that the additional 
error from low filter effect of DIC process has been 
included into this study. As can be noted from Fig.4, 
the configuration for θ=5° and α=60° displays 
extremely high identification errors. By comparing 
the strain components ɛyy of this test configuration 
with the one of the optimal test configurations 
(θ=15° and α=90°), it can be noted that the optimal 
test configuration induce more uniform strain 
distribution. For the bad situation, the areas with 
strain value above 0.4% (marked with black lines in 
Fig.7 (a)) only locate at the corners of the specimen. 
During the DIC process, these small areas with 
extremely high strain concentrations might be 
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collapsed and bring dramatic bias into the VFM 
identification. This finding shows that the source of 
error from the DIC process has an important effect 
on the accuracy of VFM identification. A detailed 
study of the influence parameters of DIC 
measurements (Subset size, smoothing effect) will 
be presented in the section 4.4. From the present 
study of contour map C1, the most stable test 
configuration is selected around the tensile test 
configuration with the off-axis angles around 15 
degrees. 
 

           
Fig. 4 Error function C1 after reconstructing missing 
data on the edges (using simulated DIC strain fields) 

 

           
Fig.5 Error function C1 before reconstructing 

missing data on the edges (using simulated DIC 
strain fields) 

 

         
Fig.6   Error function C1 after reconstructing missing 

data on the edges (using FE strain fields) 
 

 
              (a)                                        (b) 
Fig.7 (a) ɛyy (θ=5° and α=60°) (b) ɛyy (θ=15° and 
α=90°) 
 
The relatively error of each identified stiffness 
component is defined in eq. (2): 

            
ijref

ijrefij
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where Qij is the stiffness parameter identified from 
VFM routine and Qijref is the reference stiffness 
values. The plots of relative error for each stiffness 
parameter are shown in Fig.8. The results indicate 
that Q12 is the most difficult one to identify. The 
identification of Q11 and Q22 mainly depend on the 
off-axis angles of the specimens. When the loading 
direction is aligned with the stiffness component 
direction (θ=0° for Q11 and θ=90° for Q22), the best 
identifications of these two components can be 
obtained.   
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Fig.8 Relative error of each of the identified 
parameters after reconstructing missing data on the 

edges 

 

4.3 Study the optimized test configuration with 
noise 

The second error function C2 defined here is the 
standard deviation of the identified stiffness 
parameters by considering the noise effect. The 
noise is simulated by adding a standard Gaussian 
white noise to the grey level value of the synthetic 
images. The amplitude of noise is obtained from 
actual measurements by capturing two stationary 
images and evaluating the standard deviations.  20 
repetitions are used for each configuration.  Since 
the orders of magnitude of Qijs are different for 
anisotropic materials, the coefficients of variation 
are used here instead of the standard deviations. 
These coefficients are defined by the ratios of the 
different standard deviations by their corresponding 
stiffness parameters.  The error function C2 for the 
sum of the coefficients of variation of four identified 
parameters is defined in eq. (3): 
 

∑ ∑ ∑
= 









 −
==

ij ij

N

k
ijref

ij
k

ij

ijref

ij

Q
QQ

NQ
std

C
1

2
)(

2

1
),( θα          (3)               

          

where α is the loading angle, θ is the off-axis angle 
of material principal direction. Qijref  is the reference 
values of the four identified material stiffness 
parameters, and  )( k

ijQ  is the identified parameters at 

the kth repetition. 
ijQ is the mean value of 20 

repetitions. Fig.9 shows the plot of error function C2.  
The highest standard deviation is located at the area 
where the Q22 component is aligned with the tensile 
loading direction (loading angle α =90°, off-axis 
angle θ=90°).  This can be expected as the specimen 
has much lower stiffness along the in-plane direction 
(Q22=70.43MPa) compared with the through-
thickness direction (Q11=146.26MPa). If the 
specimen is loaded along the direction Q22, the strain 
component in the direction Q11 will be extremely 
low and easily be influenced by noise. As can be 
inferred from Fig.9, the favorable test configurations 
with less standard deviation are located around the 
off-axis shearing and off-axis tensile positions. It is 
reasonable as the off-axis angle between material 
principle direction and loading direction leads to 
more balanced results of three strain components 
and makes the overall identification less sensitivity 
to noise. The standard deviation of each stiffness 
component is plotted separately in Fig. 10. The 
contour map indicates the similar trend as for error 
function C1 without noise. For the identification of 
Q11 and Q22, the lowest standard deviation is 
obtained when the loading direction is along the 
stiffness component direction. The identification of 
Q66 is the most stable. This is due to that the relative 
low stiffness of this component (Q66=32MPa) can 
result in a relative large shear strain component 
which is less sensitive to the noise. Combined with 
the previous finding in Fig.4, the optimal test 
configuration is selected as the off-axis tensile 
configuration (α=90°, θ=15°).   
 
 

Q11 Q22 

Q12 Q66 
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Fig. 9   Error function C2 with noise influence 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 10 Coefficients of variation of identified results 
over 20 repetitions 
 
In the next part of the study, the error function C3 is 
plotted to study the mean value of 20 repetitions. 
The error function C3 is based on eq. (1) by adding 
noise and calculate the average stiffness over 20 
repetitions (N=20).   
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The result is plotted in Fig.11.  The contour map 
displays almost the same result as the one in Fig.4 
without adding noise.  It reveals that the 
measurement noise might be eliminated by 

recording multiple images and averages them.  The 
effect of image averaging will be studied in the 
future. 

      
Fig. 11 Error function C3 (mean value of identified 
results over 20 repetitions) 
 
4.4 Selection of subset sizes and smoothing levels 
 
As being discussed before, the identified results 
from VFM routine are dependent on the effect of 
DIC process. Therefore different subset sizes (from 
10 to 50) are adopt here to study the optimum choice 
of this parameter based on the optimal test 
configuration (α=90°, θ=15°) selected from above 
results. The overlap is 50% for all the subset sizes. 
Moreover, the smoothing function are normally 
introduced when derive the strain field from the 
displacement field. This smoothing process will also 
bring some bias of VFM identification. The 
smoothing techniques adopt here is a pointwise local 
least squares fitting technique stated in [9]. The 
basic idea is to select a square “strain window” 
containing N x N discrete displacement data points 
around the computed points. The displacement 
values in these selected regions can be approximated 
as a surface. The linear least squares method is used 
to find the analytical expression of the surface. 
Finally, the strains at the center of this “strain 
window” can be computed based on the analytical 
expression. In the next part, the overall identification 
error of four identified stiffness parameters is plotted 
according to different smoothing levels (strain 
calculation window size) and subset sizes. The 
results will be compared with the reference values 
(Q11=146.26, Q22=70.43, Q12=28.12, Q66=32.00). 
Then the optimum choice of these test parameters 
can be determined. The error function used in this 
study is similar with eq. (1). The only difference is 

Q11 Q22 

Q12 Q66 
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that the design variables used here are subset size 
and strain calculation window size.  
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The results are plotted in Fig.12. It shows relatively 
high identification error when using small subset 
size and no smoothing technique as raw strain data 
are deteriorated by high levels of noise. As can be 
observed from the plot, the small subset size (20 or 
30) with smoothing strain calculation window of 10 
or 20 gives the optimum identification of all the 
stiffness parameters due to a significant reduction of 
noise. For the identification using larger smoothing 
window (40-60), the identification errors are 
increased again, especially for the results using large 
subset sizes (30-50). This is mainly caused by the 
reduction of heterogeneous deformation fields using 
large smoothing area. It can be noted that a smaller 
subset size (marked in the Fig.12 with red lines) 
gives more stable identifications which are less 
dependent on various smoothing level compared 
with large subset sizes. It can be expected as higher 
spatial resolution will give a better description of 
heterogeneous deformation. Meanwhile, the smaller 
smoothing area results in the identifications which 
are less dependent on the variation of subset sizes 
(marked in the Fig.12 with black lines). In order to 
balance these two effects, the optimum choice of test 
condition is the subset size of 30x30 pixels and 
smoothing window size of 10. 
 

 
Fig. 12 Cost function C4 with different subset size 
and smoothing window size 

5. Conclusions 

This work presents a procedure to optimize the test 
design of PVC foam characterization using digital 
image correlation and virtual field method. The 
optimal test configurations and other measurement 
parameters (subset size and smoothing levels) has 
been sought to give the most stable identification of 
all the elastic constitutive properties from one single 
mechanical test. Based on the simulated deformed 
speckle patterns and DIC process, the systematical 
error of the characterization of PVC foam specimens 
using modified Arcan fixture and VFM has been 
evaluated by defining the error function C1. The 
results indicate a significant influence from the low 
pass filtering effect of DIC process. Therefore, 
highly strain concentration areas should been 
avoided when choosing the optimal test 
configuration. Furthermore, the random error of 
measurements has been investigated by introducing 
the Gaussian white noise into our simulated speckle 
patterns and run the whole simulated measurement 
process with 20 repetitions. Combined the random 
error with previous systematical error, the 
confidence intervals of each identification can be 
obtained. The mean value over 20 repetitions with 
noise displays the similar result with the one without 
adding noise.  It indicates that it is possible to record 
many images and average them to eliminate camera 
noise in real measurements. For the future work, the 
effect of image averaging will be studied to 
determine the optimal number of images. Then the 
confidence interval of this measurement will be 
calculated. Experimental validation will be 
implemented to check the results of the current 
study. 
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1 General introduction  

Natural fiber offer good opportunities as a 

reinforcement material for composites provides the 

positive benefit to the ecological and environmental 

advantage and the attractive mechanical properties. 

The explorations of natural fiber as green materials 

are alternative for synthetic polymer fiber in 

composite because of their advantages such as low 

cost, low density, renewability, biodegradability and 

acceptable specific strength. The natural fiber have 

been utilized for structural or semi-structural 

materials in various fields including aerospace, 

automotive, building, furniture, packaging and sport 

article [1-4]. Silk fibers are representative animal 

fiber of luster and fineness. They were spun out 

from silkworm cocoon produced by domesticated 

mulberry silkworm (Bombyx mori). Silk fiber 

consisted with fibrous protein termed fibroin that 

forms the thread core and glue-like protein termed 

sericin that surrounds the fibroin fibers to cement 

them together. Thus, long continuous fiber can only 

be spun when the sericin coating is removed from 

the cocoon structure. The process of sericin removal 

is usually called degumming, which is generally 

performed by soaking the silk fiber in boiling water, 

sometimes with salt or detergent to increase the 

efficiency of the process [5]. Silk fiber is a natural 

protein fiber which is biodegradable and highly 

crystalline with a well-aligned structure. It is well-

known that it has higher tensile strength than glass 

fiber or synthetic organic fibers, good elasticity and 

excellent toughness. Silk fiber is also commercially 

available in a continuous fiber type [6-7].  

Biodegradable polymers have recently been 

introduced in various fields as alternatives to 

traditional materials. Polylactic acid (PLA) is 

attracting attention as candidate of non petroleum 

based biodegradable polymer materials with high 

mechanical properties, thermal plasticity and 

biocompatibility. PLA is a highly versatile 

biopolymer derived from renewable resources like 

starch or sugar-base materials such as corn. It can 

maintain the mechanical properties in humid 

environment without suffered for rapid hydrolysis, 

therefore PLA can be a potential matrix in 

composite [6-9]. The combination of biodegradable 

polymer thermoplastics and renewable natural fiber 

such as silk as reinforcement in composite will 

answer the demand for environmentally friendly. 

Many researchers studied the processing technique 

for manufacturing silk fiber/PLA biodegradable 

composite [6-7, 9-12]. As referred to those 

literatures, biodegradable composites with silk 

fiber/PLA were manufactured with various 

processes by using silk fiber in short form. However, 

long form or continuous silk fiber in biodegradable 

composite has been rarely reported. In this study, the 

fabrication and mechanical properties of 

unidirectional continuous silk fibers reinforced 

biodegradable composites were investigated.  

Many researchers have been studies the fabrication 

and mechanical properties of unidirectional 
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biodegradable composite. D. Plackett et al. [8] used 

PLA films with jute fiber mats to generate 

composites by a film stacking technique. The 

examination of composite fracture by scanning 

electron microscope showed voids in the composite. 

O. A. Khindker et al. [13] study processing 

technique for thermoplastic manufacturing of 

unidirectional composites reinforced with jute yarns. 

The intermediate materials called micro-braided 

yarn (MBY) were prepared by using braiding 

technique in which the jute spun yarn was straightly 

inserted as axial reinforcement fiber and polymer 

matrix fiber was braided around the reinforcing 

fiber. The composites were fabricated by 

compression molding. H. Katogi et al. [14] 

fabricated the unidirectional jute spun yarn 

reinforced PLA by using the jute fiber impregnated 

with resin. The prepregs were unidirectional 

laminated and hot pressed.   

The objective of this study was to investigate the 

fabrication and mechanical properties of 

unidirectional silk fiber reinforced PLA composite. 

The parallel yarn configuration as shown in Figure 1 

was used as intermediate materials to prepare the 

unidirectional composites by compression molding. 

Silk fiber from local product of Surin province, 

Thailand was shown in Figure 2. The unidirectional 

silk fibers reinforced PLA composite was 

characterized in the term of mechanical properties 

and the fabrication quality was examined by cross-

section observation.  
 

2 Materials and Experiments 

The silk fibers having a fineness of ~23 tex were 

used as reinforcement fibers. The sericins of silk 

fibers were removed by soaking in boiling water. 

The continuous PLA fibers in a tow configuration 

were used as resin fiber, having a fineness of ~56 

tex. Silk fibers were paralleled with PLA fibers and 

were used as intermediate materials (Figure 3). The 

preparation of parallel yarns was performed by using 

winding machine as shown in Figure 4. The 

fabrication of silk/PLA unidirectional composites 

involved twofold processes. The first step was 

performed by initially winding parallel yarn 20 times 

onto the metallic frame as shown in Figure 5. The 

metallic frame had a spring mechanism enabling it 

to adjust the tension caused by thermal shrinkage of 

fiber during processing. Before fabricate the 

specimens, the wound paralleled yarn were dried in 

convection oven at 80 C for 2 hours. The molding 

dies for silk/PLA unidirectional composite 

fabrication are shown in Figure 6. The second step 

involved placement of the metallic frame containing 

the paralleled yarns in heated mold for consolidation 

to produce the specimens. The heated mold was 

cooled by water through the cooling system of the 

compression machine.  

Consolidation process involved three stages. At first, 

under certain temperature, the solid fibrous matrix 

materials became softened and melt. In the second 

stage, under the heated mold and pressure, the 

matrix in the liquid form are soaked and infiltrated 

to the reinforcing fibers. The third stage is cooling, 

the matrix turned into solid form to hold the fiber in 

the definite position of unidirectional composite.  

Therefore the effects of molding temperature and 

impregnation quality were investigated. Thermo 

Gravimetric Analysis (TGA) was carried out on silk 

fiber and PLA by using analyzer (TA Instrument 

2950) over the temperature range of    40-800°C 

with heating rate 50 °C/minute. The measurements 

were performed in the air atmosphere. According to 

the TGA data of silk fiber and PLA (Figure 7), the 

thermal resistance of the silk degrades at ~240 °C 

and PLA degrades at ~320 °C. Meanwhile the 

melting temperature of PLA was ~175 °C. 

Therefore, the processing window of molding 

temperature could be ~175-240 °C. In this study, the 

compression molding temperature was designed at 

185, 195, 205, 215 and 225 °C. The compression 

molding was conducted with the pressure 1.33 MPa 

for 8 minutes.  

The silk/PLA unidirectional composite specimens 

were fabricated with the dimension 200 x 20 

millimeter. Thickness of specimens was ~1.0-1.5 

millimeter. The middle parts of specimens were cut 

in the transverse direction with the length of 10 

millimeter. They were embedded in epoxy resin and 

then polished in order to observe the fiber 

impregnation by microscope. The tensile specimens 

with fiber axis along the loading direction were used 

in this study, they were clamped over the length of 

50 millimeter at each end leaving a gauge length of 

100 millimeter. Each end of tensile specimens was 

attached with the aluminum tab in the gripped area. 

Strain was measured using strain gauges which were 

bonded onto the central surface of specimens. The 
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tensile tests were conducted on an Instron Universal 

Testing Machine under the test speed of 1 

millimeter/minute according to ASTM D638. In 

each molding condition, five unidirectional 

composite specimens were used for tensile test.  

3 Results and discussion 

The unidirectional composite specimens were 

fabricated (Figure 8). The thicknesses of specimens 

were changed and as a consequence the fiber volume 

fraction (Vf) was changed. Since the increasing of 

molding temperature led to decreasing the thickness 

of specimens, the volume fraction in composite 

specimens could be different as shown in Table 1. 

Thus, the achievement ratio of tensile modulus was 

used to compare the tensile properties among the 

specimens with different molding temperature [15]. 

The achievement ratio of tensile modulus was 

calculated by equation (1).  

 

Achievement ratio 

of tensile modulus
 

 

= 

Experimental modulus
 

(1) 
Theoretical modulus 

 

where, the experimental modulus was evaluated 

from tensile testing and the theoretical modulus 

value was calculated by rule of mixture.  

The relationship between achievement ratio of 

elastic modulus and tensile strength, and molding 

temperature are shown in Figure 9. The achievement 

ratio of elastic modulus at molding temperature 195 

C are similar to the molding temperature 205 C 

and increase when the molding temperature above 

205 C. It is possible that the reduced viscosity of 

the resin at higher temperatures and hence better 

flow properties may have helped to improve resin 

impregnation and therefore led to trend of increasing 

achievement ratio of elastic modulus as the function 

of heating temperature. The achievement ratio of 

tensile strength of molding temperature 185 and 195 

C are similar and decrease when the molding 

temperature was set above 195 C. Here, the effect 

of temperature on silk fiber was clarified. From the 

TGA measurement of silk fiber, the reduction rate of 

weight of silk fiber became more than 5% at 

temperature around 200 C. Therefore the 

achievement ratio of tensile strength  was decreased 

due to heat deterioration of silk fiber while the 

molding temperature was increased. Silk fiber still 

remain the strength at molding temperature 185-195 

C and decrease the strength at higher temperature. 

The cross-section observation was performed to 

investigate the internal structure of unidirectional 

composite. Specimens with molding temperature of 

185, 195 and 205 C showed good impregnation as 

shown in Figure 10, the fiber bundles were 

impregnated enough with PLA resin. According to 

the paralleled yarn of silk and PLA fibers, the 

architecture of this intermediate materials exhibits 

pore structure of macroscopic pores among fiber 

bundle and micro-pores of fiber inside bundle which 

lead to phenomena of macroscopic and microscopic 

impregnation in the unidirectional composite. Since 

the pressure was apply to the paralleled yarns in 

heated mold, the melt polymer first fill all space 

outside the yarns and then percolates towards the 

center of paralleled yarns. The rich regions of resin 

were seen between fiber bundle and good 

impregnation was found inside fiber bundle. 

Meanwhile, the crosses-section with molding 

temperature of 215 and 225 C showed poor 

impregnation because the viscosity of resin was 

decreased and the macroscopic flow occurred at 

higher temperature. Therefore thickness of 

composites was decreased, the volume fraction of 

composite was increased. The melt resins are flowed 

out from the molding die, good impregnation was 

found inside fiber bundle and less amount of resin 

among the fiber bundle.  

From these results, the macroscopic flow of resin 

occurred while the molding temperature was 

increased, volume fraction was increased and the 

achievement ratio of elastic modulus was increased 

because of theoretical modulus was calculated in 

considering the real volume fraction. While 

increasing the molding temperature, the achievement 

ratio of tensile strength was decreased because of 

silk fibers were deterioration and the melt resins 

were flowed out from unidirectional composite due 

to the macroscopic flow of low viscosity resin. 

Therefore the optimum compression molding 

temperature was 185 - 195 C for fabrication of 

unidirectional silk fiber reinforced PLA composite.  
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4 Conclusions 

The silk/PLA unidirectional composites were 

fabricated and effect of the molding temperature on 

the mechanical properties and impregnation quality 

were investigated. It was clear that the volume 

fraction of composite were increased with increasing 

the molding temperature due to the macroscopic 

flow of low viscosity resin and the achievement ratio 

of elastic modulus was increased because of 

theoretical modulus was calculated in considering 

the real volume fraction. While increasing the 

molding temperature, the achievement ratio of 

tensile strength was decreased because of 

deterioration of silk fiber. The investigation on 

fabrication and mechanical properties of silk/PLA 

unidirectional composites is to be applied to guide 

the manufacturing process concerning selection of 

appropriate raw materials and optimized processing 

conditions of unidirectional bio-composite products 

by compression molding. 
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Fig. 1.  Schematic of parallel yarn 

 

 

Fig. 2.  Silk fiber from local product of Surin province, Thailand 

ICCM19 3199



 

Fig. 3.  The intermediate materials silk/PLA fiber 

 

  

Fig. 4.  The parallel technique by using winding machine 

 

 

Fig. 5.  Schematic of consolidation set up for silk/PLA unidirectional composite 
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a) Upper die b) Metallic frame c) Lower die 

Fig. 6.  Mmolding die for silk/PLA unidirectional composite fabrication 

 

 

 

Fig. 7.  TGA data of silk fiber and PLA 

           

              Table 1 Thickness and flibervolume fraction  

Specimens 

No. 

Molding temp.  

(°C) 

Thickness  

(mm) 

Vf 

(%) 

1 185 1.53 37.4 

2 195 1.48 40.3 

3 205 1.36 43.1 

4 215 1.13 46.2 

5 225 1.02 48.0 
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Fig. 8. Fabricated unidirectional composite specimens 

 

 

 

Fig. 9.  Relationship between achievement ratio of tensile modulus and strength and 

molding temperature 
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a)  Molding temperature 185 C 
 

 

b)  Molding temperature 195 C 
 

 

c)  Molding temperature 205 C 
 

  

d)  Molding temperature 215 C 
 

         
e)  Molding temperature 225 C 

 

Fig. 10.  The cross-section observation of silk/PLA unidirection composite with varying the molding temperture 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

For the reduction of CO2 emission to restrain the 

global warming, improving the fuel consumption 

efficiency by reducing the vehicle’s weight is one of 

the promising ways. In the developments of 

applying light weight carbon fiber reinforced plastic 

(CFRP) to vehicle parts, carbon fiber reinforced 

thermoplastic (CFRTP) is more attractive for the 

mass productivity and recyclability than thermoset 

CFRP. Especially, CFRTP consisting of continuous 

fibers has high strength, and it has the potential to be 

applied to the structural parts [1,2]. 

There are several ways of manufacturing CFRTP 

consisting of continuous fibers. The film stacking 

method, which consists of stacking thermoplastic 

film and carbon fiber fabric alternatively and then 

pressing them into composite with heat and pressure 

by press machine, is one of the notable ways to 

produce CFRTP plate. The impregnation process of 

thermoplastic resin, which has high melt viscosity, 

into carbon fiber bundles gains importance because 

the impregnation quality has a great influence on the 

physical property of the composite [3]. Therefore, in 

the technology of mass production of CFRTP by 

press machine using heat and pressure, it is 

important to investigate the relationship among the 

press molding conditions especially about the heat 

and pressure, the physical property, and 

impregnation quality of the composite. There have 

been a number of studies about the press molding 

conditions using several kinds of fibers and reins so 

far [4,5,6,7]. 

In Ishikawa Carbon Fiber Cluster (ICFC), Japan, 

we are aiming to build a broad range of production 

foundation of CFRTP in Ishikawa. We are 

developing CFRTP technology and advancing the 

commercialization. Development of CFRTP 

stampable sheet is one of the aims of our 

development activities. That is the laminate sheet 

consisting of thermoplastic resin and carbon fiber 

fabric, in which the resin is impregnated into 

continuous carbon fiber bundles. As it is known, 

various kinds of parts can be produced from the 

stampable sheet by stamp forming with a short cycle 

time. We think that the stampable CFRTP sheet can 

be applied to the industrial use such as vehicles, 

which need low cost production and short cycle time. 

One of the important subjects about the 

manufacturing of stampable sheet is to establish low 

cost production technology. Now, we anticipate that 

the production cost could be lowered by reducing 

the processing pressure and shortening the 

processing time.  

In this study, we used polyamide 6 (PA6) as 

thermoplastic resin because of their strength and 

high heat resistance. In order to obtain the 

fundamental data about the processing conditions, 

we investigated the relationship among the press 

molding conditions of PA6 / carbon fiber plain 

woven fabric, the impregnation quality, and physical 

property of composite. We used the film stacking 

method and the heat-and-cool system, which 

consists of heating and cooling the mold during the 

process. 

 

2 Experimentals 

2.1 Materials 

Carbon fiber plain woven fabric (T700SC-12k, 

Toray Co., Ltd.), and PA6 film (Amilan, thickness: 

100μm, Toray Co., Ltd.) were used in this study. 

Generally, sizing agent is applied to the 

commercialized carbon fibers. In advance, we 

heated the carbon fiber fabrics at 400
o
C to remove 
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the sizing agent, which has been reported to prevent 

the impregnation of resin into carbon fiber bundles 

[8,9]. 

 

2.2 Molding process 

9 layers of PA6 films and 8 layers of carbon fiber 

plain woven fabrics were piled up alternately. The 

stacking sequence was [0
o
/90

o
]2S. Stacked materials 

were pressed by a hydraulic press machine with a 

flat mold of 100 mm x 100 mm. The press machine 

has the system to heat and cool the mold. In the 

preheating process, materials were heated for 10 

minutes to melt the resin without pressure. After 

preheating process, materials were pressed by 

certain pressure for certain time, and then cooled 

down to less than 80
o
C at the rate of about 70

o
C/min. 

Finally, the laminate was taken out from the mold. 

The typical molding process diagram used in this 

study is shown in Fig. 1. Preheating time is fixed, 

and molding temperature, molding time and molding 

pressure were varied to investigate the relationship 

among the press molding conditions, the 

impregnation quality and physical property of 

composite. The molding time means the time in 

which the molding pressure is kept at the molding 

temperature, as shown in Fig. 1. 

 

 
Fig.1 Typical press molding process diagram 

 

2.3 Thermal properties of PA6 film 

First, we measured the melt viscosity of PA6 film 

with Melt Indexer (L990-E14708, Tateyama Kagaku 

Industry Co., Ltd.). The measurement temperatures 

were 230
o
C and 250

o
C. We obtained the average 

value of 5 time measurements and evaluated melt 

volume rate (MVR).  

Second, we measured the melting point and 

crystallization temperature of PA6 film using DSC 

(EXSTAR DSC7200, SII Nano Technology Co., 

Ltd). The temperature was raised up from -20
o
C to 

280
o
C, and then cooled down from 280

o
C to -20

o
C. 

From the DSC curve, we evaluated the melting point 

and the crystallization temperature. 

Third, we measured the thermal degradation 

temperature of PA6, using TG/DTA (EXSTAR 

TG/DTA7300, SII Nano Technology Co., Ltd). The 

temperature was raised up from room temperature to 

400
o
C at the rate of 10

o
C/min under the air 

atmosphere. From the TG curve, we evaluated the 

starting temperature of thermal degradation of PA6. 

 

2.4 Evaluation of composites 

In order to investigate the impregnation quality of 

composite, we measured the void content calculated 

from the composite density and the volume fraction 

of carbon fibers in the composite. At first, we 

measured the composite density by water 

replacement method. And we burned out the resin of 

the composite using a gas burner, and calculated the 

volume fraction of carbon fibers (Vf) from equations 

(1) and (2).  

                   100
0

1 
m

m
W f                          (1)    

                   
f

cf

f

W
V




                            (2)    

Where Wf is the weight fraction of carbon fibers, 

m0 is the weight of the composite, m1 is the weight 

of the composite after burned out by a gas burner, ρ

c is the composite density, ρ f is the carbon fiber 

density which was 1.8 g/cm
3
 based on the catalog 

data. 

  Then, we calculated the apparent void content Vv 

from equations (3), (4). 
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)100(
                   (3)    

             )(100 rfv VVV                       (4)    

  Where Vr is the volume fraction of resin, ρr is the 

resin density which was 1.14g/cm
3
. In order to 

confirm the impregnation quality in the visual 

observation, we cut the cross-section of the 

composites using a diamond cutter, and observed the 

polished cross sections by optical microscopy. 
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  Finally, we performed three-point flexure test using 

a universal testing machine (100kNPlus, Shimazu 

Co., Ltd.). The specimens were cut out from the 

composites using a diamond cutter. Geometry of 

specimen was 15 mm in width and 100 mm in length. 

Tests were performed with 80 mm span length and 5 

mm/min test speed according to JIS K 7074[10]. 

 

3 Results and discussions 

3.1 Thermal properties of PA6 film 

  The MVR result of PA6 film is shown in Table 1. 

As the temperature became higher, the melt 

viscosity decreased. It was supposed that lower 

melting viscosity eases the impregnation of resin 

into carbon fiber bundles. Therefore, we investigated 

the thermal properties of PA6 film in detail in order 

to obtain the range of molding temperature. 

 

Table 1 MVR result of PA6 film 

Temperature / ℃ MVR/ cm
3
/10min

230℃ 10.4

250℃ 17.7
 

 

  The DSC curve of PA6 film is shown in Fig. 2.  

The melting point was 220
o
C in the heating process, 

and the crystallization temperature was 194
o
C in the 

cooling process. The TG curve of PA6 film is shown 

in Fig. 3. In the air atmosphere, the weight began to 

decrease at about 310
o
C and the thermal degradation 

began. 

  Accordingly, the molding temperature should be 

above 220
o
C and should not exceed 310

o
C. In the 

cooling process, the materials should be cooled 

down to under 150
o
C, which is the completion time 

of crystallization of the resin. In this study, the 

materials were cooled down to 80
o
C after molding. 

 

 

Fig. 2 DSC result of PA6 film 

 

Fig. 3 TG curve of PA6 film under air atmosphere 

3.2 Influence of molding temperature 

  In order to investigate the influence of the molding 

temperature on the composites, we performed the 

press molding tests with various molding 

temperature. We selected the temperature range 

from 230
o
C, which is slightly above the melting 

point, to 340
o
C, which is slightly above the 

degradation starting temperature, according to the 

PA6 thermal properties based on Fig. 2 and Fig. 3. 

The molding pressure was fixed at 10MPa and the 

molding time was fixed for 10min. 

  Figure 4 shows the relationship between the 

molding temperature and the void content of 

composite. Although the void contents were less 

than 2% at the temperature from 230 to 310
o
C, it 

became above 5% at 320
o
C. Figure 5 shows the 

cross sectional photograph of the composites. In the 

case of 230
o
C, the resin was impregnated enough 

into carbon fiber bundles. However, in the case of 

340
o
C, the voids can be observed clearly among the 

carbon fibers which gather closely and the resin 

seemed to disappear to some extent. Because PA6 
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began the thermal degradation above 310
o
C, the 

resin vaporization might induce these voids. 

 

Fig. 4 Relationship between molding temperature 

and void content of composites 

 

 

Fig.5 Cross-sectional photograph of composites 

(molding pressure: 10MPa, molding time: 10min) 

((a): 230
o
C (Vv 1%), (b): 340

o
C (Vv 11%)) (white 

area: weft and warp carbon fibers, grey area: resin, 

black area: voids) 

  Figures 6 and 7 show the relationship between the 

molding temperature and the flexural strength, and 

between the molding temperature and the flexural 

modulus, respectively. At the temperature from 230 

to 310
o
C, the flexural strengths were about 750MPa. 

However, the strength began to decrease rapidly at 

320
o
C. Comparing with the result in Fig.4, this 

temperature corresponds to that at which the strength 

began to decrease. It was reported that the flexural 

strength of CFRTP had a good correlation to the 

impregnation quality, that is, as the impregnation 

quality became better, the flexural strength improved 

[11]. On the other hand, the flexural modulus was 

almost constant at the range from 230
o
C to 290

o
C, 

but slightly increased at over 310
o
C. As shown in 

Fig. 8, the composite thickness became thinner and 

Vf became higher at over 310
o
C. It could be one of 

the reasons that the apparent modulus increased. 

 

 

Fig. 6 Relationship between molding temperature 

and flexural strength of composites 

 

Fig. 7 Relationship between molding temperature 

and flexural modulus of composites 
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Fig. 8 Relationship between molding temperature 

and the Vf and thickness of composites 

 

3.3 Influence of molding time 

We investigated the relationship among the 

molding time, the impregnation quality and the 

flexural property of composite. We selected 230
o
C, 

270
o
C and 310

o
C as the molding temperature and 

varied the molding time from 2.5min to 10min. The 

molding pressure was fixed at 10MPa. 

  Figure 9 shows the relationship between the 

molding time and the void content of composite. At 

the molding temperature of 230
o
C and 270

o
C, the 

void content decreased with increase of the molding 

time. Especially at 230
o
C, this tendency was 

remarkable. It is thought that the impregnation 

quality was improved with increase of the molding 

time. In contrast, the void content for the molding 

time of 2.5min at 310
o
C was lower than those with 

10min at both 230
o
C and 270

o
C. This result suggests 

that the melt viscosity at 310
o
C was low enough and 

the resin could be impregnated into carbon fiber 

bundles even for the molding time of 2.5min. 

However, the void content increased at 310
o
C with 

increase of the molding time. Because the thermal 

degradation began at 310
o
C, it is thought that the 

resin degradation progressed and the void content 

increased with increase of the molding time. Fig. 10 

shows the cross sectional photographs of composite. 

Although the resin was impregnated enough at 

310
o
C for 2.5min, insufficient impregnation and 

much voids were observed at 230
o
C.  

 

Fig. 9 Relationship between molding time and void 

content of composites 

 

 

 

Fig. 10 Cross-sectional photograph of composites 

(molding pressure: 10MPa, molding time: 2.5min) 

((a): 230
o
C (Vv 3%), (b): 310

o
C (Vv 1%),) (white 

area: weft and warp carbon fibers, grey area: resin, 

black area: voids) 
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  Figure 11 shows the relationship between the 

molding time and the flexural strength of composite. 

At 230
 
and 270

o
C, the flexural strength tended to 

increase with the molding time, and reached about 

760MPa for 10min of molding time. On the other 

hand, at 310
o
C, the flexural strength reached 

770MPa even for 2.5min, and then the strength 

rather decreased with increase of molding time. This 

tendency corresponds to those of the void content. 

Figure 12 shows the relationship between the 

molding time and the flexural modulus of composite. 

Flexural moduli were almost constant regardless of 

the molding time at any molding temperature. The 

high values in 10 min of the molding time were 

supposedly influenced by increase of Vf as 

mentioned above. 

 

 

Fig. 11 Relationship between molding time and 

flexural strength of composites 

 

 

Fig. 12 Relationship between molding time and 

flexural modulus of composites 

 

 

3.4 Influence of molding pressure 

  We found that enough impregnation quality and 

strength could be obtained at both 270
o
C and 310

o
C 

even for 2.5min of the molding time. Here, we 

evaluated the molding pressure varied from 2.5MPa 

to 10MPa for 2.5min at 270
o
C and 310

o
C.  

  Figure 13 shows the relationship between the 

molding pressure and the void content of composite. 

Though the pressure decreased, the void was 

constantly about 2% in the case of 310
o
C. On the 

other hand, void content increased to 4% in the case 

of 270
o
C. The resin viscosity at 270

o
C was higher 

than that at 310
o
C. Therefore, it was supposed that 

when the molding pressure decreased the influence 

of temperature became predominant and induced the 

difference in the impregnation quality.  Figure 14 

shows the cross sectional photographs of composite. 

Although the resin was impregnated enough in the 

case of 310
o
C, insufficient impregnation and the 

voids were observed in the case of 270
o
C. The voids 

were scattered particularly in the middle of fiber 

bundles, which could mean that the resin 

impregnation started outside the fiber bundle and 

then proceeded into the center area. 

 

 

Fig. 13 Relationship between molding pressure and 

void content of composites 
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Fig. 14 Cross-sectional photograph of composites 

(molding pressure: 2.5MPa, molding time: 2.5min) 

((a): 270
o
C (Vv 4%), (b): 310

o
C (Vv 2%)) (white area: 

weft and warp carbon fibers, grey area: resin, black 

area: voids) 

 

  Figure 15 shows the relationship between the 

molding pressure and the flexural strength of 

composite. In the pressure range adopted in our 

study, the strength decreased with decrease of the 

molding pressure in the case of 270
o
C. On the other 

hand, the strength was constantly about 750MPa in 

the case of 310
o
C. This tendency corresponds to the 

results of the void contents. The flexural modulus 

was constant regardless of the pressure, as shown in 

Fig. 16. 

 

 

Fig. 15 Relationship between molding pressure and 

flexural strength of composites 

 

 

Fig. 16 Relationship between molding pressure and 

flexural modulus of composites 

 

4 Conclusions 

One of the important technical subjects about the 

manufacturing of stampable sheet is to establish low 

cost production technology. We investigated the 

relationship among the press molding conditions of 

PA6 / carbon fiber plain woven fabric, the impreg-

nation quality, and physical property of composite 

and optimize the press molding conditions with low 

pressure and short cycle time. We obtained the 

following results. 

Based on the thermal properties of PA6 film, the 

molding temperature should be in the range from 

220
o
C to 310

o
C. 

At the molding temperature of 320
o
C and over, the 

void content became higher due to the thermal 

degradation of resin and the flexural strength 

decreased remarkably by the influence of the voids.  

The resin viscosity at 310
o
C was lower and could 

be impregnated to carbon fiber bundles enough even 
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with shorter time than at lower temperature. The 

resin thermal degradation began at 310
o
C, however, 

it was thought that it could be restricted by 

shortening the molding time. 

We found that the enough impregnation quality and 

strength could be obtained at 310
o
C even with the 

low molding pressure such as 2.5MPa and also for 

the low molding time such as 2.5min, different from 

the case of the lower temperature such as 270
o
C. 

This result suggests that the temperature of 310
o
C 

should be the most suitable for the process with low 

pressure and short cycle time. It is interesting from 

the industrial point of view because our results 

showed the possibility for the low cost production of 

the stampable sheet. 
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Abstract 

 

Compressive flow behavior of hot-rolled (64% 

reduction in thickness) Al and Al-15% B4C 

composite was studied over the temperature and 

strain rate ranges of 25-500 °C and 10
-4

-1 s
-1

, 

respectively, in longitudinal (LT) and transverse 

(TD) directions. It was found that athermal region 

(i.e. temperature-independent region) in aluminum 

becomes less prominent upon reinforcing with 15% 

B4C particulates. The apparent stress exponent n’ 

was found to vary between 10 to 30. It was also 

found that the stress exponent values could reduce to 

n = 5 upon subtracting the threshold stress from 

applied stress. Microstructural variation in 

aluminum was studied by EBSD and correlated with 

its flow behavior. 

 

1. Introduction 

Aluminum metal matrix-particulate composites 

(AMPCs) are attractive materials due to light 

weight, corrosion resistance and high strength. 

However, aluminum is commonly reinforced with 

ceramic particles such as SiC, AlN, SiN, and Al2O3 

for strengthening [1-3].  Boron carbide (B4C) is a 

promising covalently bonded ceramic material.   It 

has many characteristics such as high hardness 

(Vickers hardness ~3.7 GPa), low density (~2.51 

g/cm
3
), good thermal stability (melting point ~2700 

K), along with high chemical and wear resistance.  

Aluminum- Boron Carbide (Al-B4C) composites are 

recently developed metal matrix composite materials 

for the nuclear and armour applications [4-6]. 

Various aspects of Al-B4C composites have been 

investigated in the literature. This includes study of 

fabrication and microstructures [7-9], chemical 

reactivity [10-11], wettability between Al and B4C 

particles [12-16], workability [17] and strength 

enhancement by severe plastic deformation 

techniques [18-29].   However, only few reports are 

available in the literature on the flow properties at 

high temperatures [6,30-32].  Kai et al. [30] reported 

that weak interface leads to initiation of crack 

between matrix and particles in Al 7091-30% B4C 

composite.  Later, Onoro et al. [32] investigated 

tensile properties of Al 6061 and 7015 composites 

reinforced with B4C particles over the temperature 

range of 25 to 500 °C, whereas Chen et al. [6] 

studied tensile properties of AA1100-B4C composite 

over the temperature range of 25 to 300 °C.   

To the best of our knowledge, no work is 

reported towards understanding the deformation 

behavior of Al-B4C composite at elevated 

temperature.  Therefore, the main objective of 

present work is to study the deformation behavior of 

hot rolled aluminum and Al-15 wt% B4C composite 

and to examine the microstructural evolution 

towards exploring the structure–flow property 

correlation.  Since rolled materials can exhibit 

anisotropy, current study aims to carry out 

deformation in both longitudinal (LT) and transverse 

(TD) directions. Samples in Longitudinal and 

Transverse directions hereafter are designated as LT 

and TD, respectively, unless otherwise stated. For 

comparison purpose, flow behavior of rolled 

commercial aluminum is also studied along with Al-

15% B4C composite.  
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Since most of the structural applications involve 

compressive loading [33], flow behavior of 

composites is evaluated by compression test instead 

of tensile test which generally shows poor ductility.  

Therefore, the present work is aimed towards 

investigating high temperature flow behavior of hot 

rolled aluminum and Al – 15 wt% B4C composite in 

uniaxial compression. For this purpose, differential 

strain rate tests on hot rolled aluminum and Al-

15wt% B4C composite samples were conducted as a 

function of sample orientation i.e LT and TD over 

the temperature and strain rate ranges of 25 to 500 

°C and 10
-4

 to 1 s
-1

, respectively.    

 

2. Experimental Procedure 

A) Materials and Melting 

Commercial aluminum of composition (wt%): 

Fe0.3-Si0.2-Mg0.1 and balance aluminum was used 

as matrix material. Boron carbide particles of 

average size 21 µm, obtained from boron carbide 

Ltd. India, were used as reinforcement. Al-15% B4C 

composite was produced by flux assisted reaction 

method. Five kg aluminum of commercial purity 

was first melted in a crucible kept in a resistance pit 

furnace for about an hour. Potassium hexa 

flourotitanate flux (K2TiF6), used for enhancing the 

wettability, was supplied by M. M. Enterprise, India.  

This flux was preheated at 300 °C for 3 hours and 

was mixed with B4C particles prior to adding in 

liquid aluminum.  The amount of flux was taken to 

be 10% of reinforcement content by weight.  Five 

minutes after adding the flux to the molten 

aluminum and casting was done in a metal mould of 

size 20 × 20 × 600 mm
3
.  These materials were 

subsequently hot rolled with their lengths parallel to 

the 600 mm length of ingot.  

 

B) Hot Rolling 

The produced ingots of Al and Al-15% B4C were 

hot rolled at ~350 °C to total thickness reduction of 

64% to 5mm final thickness, with intermittent 

annealing for 15 minutes at 400 °C after reductions 

of ~18, 34 and 49%. Compression testing samples of 

5 mm diameter and 7.5 mm height were machined 

from both the longitudinal and transverse sections of 

the rolled plates. The rolling steps are given in Table 

I.  

 

C) Compression Test 

Differential strain rate compression tests were 

carried out with Zwick- Roell Amsler Universal 

Testing Machine of 100 kN capacity. The Strain rate 

sequence followed was:  1 × 10
-4

, 1 × 10
-3

, 1 × 10
-2

, 

1×10
-1

 and 1 s
-1

. Such tests on separate samples were 

done at temperatures ranging from 25 - 500 °C, viz 

25, 100, 200, 300, 400 and 500 °C. Soaking time of 

20 minutes was given after attaining the test 

temperature but prior to deformation. The test 

temperature was controlled within ± 2 °C in a three 

zone furnace. All samples were furnace quenched in 

liquid nitrogen upon completion of compression 

tests.   

 

D) Metallographic Characterization 

Morphology of boron carbide particles and the size 

distribution were characterized using Hitachi S-3400 

model scanning electron microscope (SEM) 

operating at 15 kV and particle size analyzer.  The 

metallographic samples were mechanically polished 

with diamond paste of 1 µm size at the final stage.  

For Electron Backscattered Diffraction (EBSD), the 

samples were polished in an electrolyte of methanol 

and perchloric acid in the ratio 80:20 for 17 seconds 

at 13 volts.  The EBSD was done to obtain 

micrograph and grain size on FEI Quanta-200HV 

SEM using a TSL-OIM (Tex. SEM Ltd.-Orientation 

Imaging Microscope). 

 

3. Results and Discussion 

The microstructural features of metal matrix 

composites i.e. grain size, subgrains and deformation 

field are difficult to reveal by conventional 

microscopy due to the surface roughness [9]. In this 

study, Electron Back Scattered Diffraction (EBSD) 

was used to understand the grain size variation and 

its effect on subsequent flow behavior of aluminum; 

in the case Al-15% B4C composite, no such 

microstructural study could be done due to large 

wt% of reinforcement making it difficult. The initial 

microstructures of rolled aluminum in rolling and 

longitudinal planes are shown in Fig. 1(a) and (b) 

respectively. It is seen that the grains are elongated 

in rolling direction. It also reveals subgrians with 
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small variation in misorientation angle that develop 

from high angle regular grains by fragmentation.  

 

 

A) Nature of stress-strain behavior  

Figure 2 shows typical true stress- true strain curves 

for aluminum (Fig. 2a) and Al-15% B4C (Fig. 2b) at 

room temperature, 300 °C and 500 °C. True stress-

true strain curves at other test temperatures are not 

included in this figure for clarity. The flow stress 

increases with increase in strain rate ( =ε& 1 × 10
-4

, 1 

× 10
-3

, 1 × 10
-2

, 1 × 10
-1

 and 1 × 10
0
 s

-1
) and decrease 

in temperature in both aluminum and Al-15% B4C 

composite. Al-15% B4C composite shows higher 

compressive strength than that of the aluminum. 

However, flow stress variation between the sample 

orientations LT and TD is insignificant at low (RT = 

25 °C) and high (500 °C) temperatures in aluminum 

and Al-15% B4C composite. In aluminum, the 

difference in flow stress between LT and TD at 

intermediate temperatures was found to be large. 

This variation might be due to microstructural 

variation in the two orientations during deformation.  

 

B) Effect of Temperature 

Figure 3 shows the plot of flow stress (normalized 

by Young’s modulus) vs homologous temperature. 

The variation in modulus of aluminum [2] was taken 

according to Equation (1a) whereas the same for 

boron carbide was taken to be invariant as 460 GPa 

over the temperature range of interest, viz 25-500 °C 

[34]. Young’s moduli of composites were estimated 

at corresponding temperatures using rule of mixture 

for the constituents (Al and B4C) by Equation (1b). 

The flow stresses, at different temperatures, were 

normalized by moduli of the composite ET at these 

temperatures [35].   

 

TE matrixAl 049.009.85 −==  GPa             (1a) 

 

where T = absolute temperature 

 

particleparticlematrixmatrixComposite VEVEE ×+×=         (1b) 

 

where, Ematrix, Eparticle and Ecomposite are the Young’s 

moduli of aluminum matrix, B4C practicle and Al-

B4C composite, respectively;  Vmatrix and Vparticle are 

the volume fractions of matrix and particle, 

respectively. 

It is clear from Fig. 3 that the effect of reinforcement 

causes strengthening but there exists no effect on the 

nature of variation in flow stress as a function of 

temperature between Al-15% B4C and aluminum 

(TD samples) over the entire temperature range 

investigated, except some anomaly of flow 

hardening in Al over 0.3 – 0.45 Tm. The absence of 

effect of temperature at lower temperatures may be 

due to athermal nature whereas the hardening effect 

with increasing temperature in aluminum may be 

dynamic strain aging. The Al-15 wt% B4C 

composite shows higher strength at elevated 

temperatures due to B4C particle reinforcement, 

which is common in dispersion hardened materials 

[3].  It is also seen that strain rate has greater effect 

on flow stress variation as a function of temperature 

in Al-15 wt% B4C composite as compared to that in 

the aluminum. Normally, matrix grain size upon 

reinforcement decreases, which could lead to greater 

strain rate sensitivity in composite. 

 

C) Stress exponent and Threshold stresses 

Apparent stress exponent (n’) was calculated, which 

relates the stress - strain rate behavior of Al-15% 

B4C composite. Fig. 4(a) shows the nature of strain 

rate 





 .

ε – stress ( )σ  plot in log-log scale at 

different temperatures following the constitutive 

equation (2) presented below. 

 
'

.
np

Ed

b

kT

DEb
A 















=
σ

ε     (2)

 
 

where A, b, σ,  k, p, E and T are material and 

mechanism dependent constant, Burgers vector, flow 

stress, Boltzmann constant, grain size exponent, 

Young’s modulus and absolute temperature, 

respectively. D = D0 exp (-Q/RT) is diffusion 

coefficient with the terms having their usual 

meanings. The values of apparent stress exponent n’ 
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is determined from the slope (Eq. 2) of curves in Fig 

4(a). They vary from 10 to 30 depending on strain 

rate range and test temperature.  

 

It is also clear that no effect of sample orientation on 

the magnitude of apparent stress exponent n’ is 

noted at lower temperatures. However, n’ value 

varies at higher temperatures.  The high apparent 

stress exponent values were commonly attributed to 

the presence of threshold stress σth, which is shown 

to be inherent for all dispersion hardened materials 

[36, 37]. The true stress exponent n values are 3, 5 

and 8 for dislocation glide, dislocation climb and 

invariant substructure model mechanisms, 

respectively [38]. These values of n are employed in 

estimation of threshold stresses σth according to the 

Lagneborg-Bergman plot i.e. (strain rate
1/n

 vs σ) 

[39], where it is the stress obtained by extrapolating 

the linear plot to strain rate of zero. In the present 

study, the stress – strain rate data are plotted as 
n/1.

ε
vs σ by considering the n value of 5 as shown in Fig 

4 (b), with best regression values above 90%. The 

value of n = 5 compares with that predicted by the 

dislocation climb controlled creep mechanism [40].  

The magnitudes of threshold stress obtained are 

listed in Table II below.  Therefore, in the 

constitutive relationship for high temperature 

deformation, the applied stress σa is substituted by 

effective stress (σ
*
 = σa - σth) as given below (Eq. 3). 

  
n

tha

p

Ed

b

kT

DEb
A 







 −







=
σσ

ε
.

    (3) 

 

 

The threshold stresses are noted to decrease with 

increase in test temperature as shown in Fig. 4 (b). It 

is also seen that the differences in threshold stresses 

between LT and TD samples at various temperatures 

are negligible. Doncel and Sherby [37] also reported 

similar results in 6061Al-20 vol% SiCw composite.  

 

4. Microstructural Evolution 

The EBSD microstructures of aluminum (Fig. 1 and 

Fig. 5) show significant textural evolution during 

high temperature deformation. EBSD images of 

aluminum deformed at room temperature show 

significant effect of sample orientation on texture 

component and grain structure, with the LT showing 

much finer grains than that in the TD orientation, 

Fig. 5 (a) and (b).  Upon deformation at 500 °C, 

there appears distinct difference in the substructure 

evolved as shown in Fig. 5 (c) and (d).  It is also 

noted that elongated grains changed into equiaxed 

grains at room temperature due to differential strain 

rate test, and further increase in grain size occurred 

as the test temperature increases. Such structural 

evolution is responsible for varying flow properties, 

although no structure could be delineated for the Al-

15% B4C composite.  Figure 6 shows the plot of area 

fraction vs grain size of aluminum deformed at room 

temperature and 500 °C, in LT and TD directions. It 

is seen that no significant variation in grain size 

occurs between LT and TD samples, which is also 

clear from the similarity of flow curves (Fig. 2a). 

However, at intermediate temperatures (300 °C), the 

difference in flow behavior might be due to different 

extent of changes in microstructures between LT and 

TD samples towards similar state as the test 

temperature increases from 25 to 300 °C.  

 

5. Conclusions 

Differential strain rate compression tests of hot-

rolled Al and Al-15% B4C composite over the 

temperatures of 25-500 °C and the strain rate  range 

from 10
-4

 to 1 s
-1

 in longitudinal (LT) and transverse 

(TD) directions lead to the following conclusions: 

1) The nature of flow stress variation as a function 

of strain between the LT and TD samples at 

lower and higher temperatures for the composite 

are found to be similar.  

2) The rate of decrease in flow stress with increase 

in temperature (300-500 °C) arises from the 

contribution of high temperature flow 

mechanisms to deformation.  

3) Stress exponent values are reduced to n = 5, 

from the apparent stress exponent n’ values 

ranging from 10 to 30 by considering effective 

stress instead of applied stress.  

4) The threshold stress in composite is found to 

decrease with increase in test temperature. 
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However, no variation in threshold stress was 

found between LT and TD sample orientations.  

5) EBSD microstructures of aluminum revealed the 

change in texture during the deformation over 

the temperature range of 25-500 °C. 
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Table I. Rolling schedule with cumulative % reduction in thickness 

work 
 

Material 1
st 
pass 

Aluminum 18 

Al+15% B4C 18.11

 

 

 

Fig. 1. EBSD Microstructures of aluminum in (a) 

Rolling and (b) Longitudinal planes. 
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Fig. 2. True stress vs true strain curves at room 

temperature, 300 °C and 500 °C of (a) aluminum 

and (b) Al-15% B4C composite

sequence followed are from LHS to RHS = 1 × 10

1 × 10
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, 1 × 10
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 and 1 × 1
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. True stress vs true strain curves at room 

temperature, 300 °C and 500 °C of (a) aluminum 

C composite. (In all tests the ε&  

from LHS to RHS = 1 × 10
-4

, 

and 1 × 10
0
 s

-1
). 
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Fig. 3. Normalized flow stress (σ/E) as a function 

homologous temperature (T/Tm, Tm being melting 

point of aluminum matrix) for aluminum and Al-15% 

B4C composite in TD. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 4. (a) Stress–Strain rate behavior and (b) replot 

of strain rate vs stress for determining threshold 

stress of Al-15% B4C composite. 

 

 

 

 

 

 

 

 

 

ICCM19 3219



 

9  

FLOW BEHAVIOR OF ALUMNIUM-BORON CARBIDE COMPOSITE 

BY DIFFERENTIAL STRAIN RATE COMPRESSION TEST 
 

 

 

 

 

 

Fig. 5. EBSD images of aluminum samples 

deformed in Rolling (a, c); Long transverse (b, d) 

planes at room (a, b) and 500 °C (c, d) temperatures.  

 

 

 

 

Table II. Threshold stresses (MPa) obtained from 

Fig. 4(b) for Al-15% B4C composite in longitudinal 

(LT) and Transverse (TD) directions at various test 

temperatures. 

 

T, °C 500  400  300  200 

LT 12.85 38.96 68.6 90.21 

TD 20.1 54.19 75.45 90.56 

 

 

 
 

 

Fig. 6. Grain size variation of aluminum samples 

deformed in LT, TD directions at room (a) and 

500 °C (b) temperatures.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

Not only spectrum and orientation of fatigue loading 
but also temperature at which fatigue load is 
sustained by composite structures during service are 
usually different in each application. Doing constant 
amplitude fatigue tests at different stress ratios and 
temperatures in different fiber orientations that 
might be involved by loading of CFRP structures 
during service requires a lot of time and cost. For 
CFRP laminates that feature any stacking 
configuration tailored adapting for application, it is 
obviously inefficient to rely all on experiments for 
identification of their S-N relationships under 
different fatigue loading conditions. For efficient 
fatigue analysis of structural components made of 
CFRP, therefore, it is required to establish a fatigue 
life prediction method that enables us to accurately 
and efficiently predict their fatigue lives (S-N 
curves) for any fiber orientations of CFRP that is 
subjected to fatigue load over a wide range of stress 
ratio and temperature on the basis of a set of 
reference data for selected loading conditions. 
One of the most practical methods for efficiently 
predicting the S-N relationships for composites for 
constant amplitude fatigue loading for any stress 
ratio at a given temperature is to use a constant 
fatigue life (CFL) diagram [1]. A CFL diagram 
consists of the envelopes for different constant 
values of life that are typically drawn in the plane of 
alternating stress and mean stress. Once a CFL 
diagram for a given composite laminate is 
constructed, it allows graphically evaluating a 
fatigue life under constant amplitude fatigue loading 
at any stress ratio. Because of its practical 
importance, attention is increasingly focused on 
identification of the CFL diagrams for CFRP 
laminates over the whole range of mean stress.  

The experimental observations have encouraged 
developing an engineering method suitable for 
composites that allows describing the CFL diagrams 
for composites efficiently as well as accurately, 
which are asymmetric and nonlinear in general, over 
the whole range of mean stress. Mandell et al. [2] 
and Sutherland and Mandell [3] presented modified 
Goodman diagrams that were built assuming linear 
interpolation of fatigue data at different stress ratios. 
Harris et al. [4-6] have attempted a systematic study 
on identification of the CFL diagrams for CFRP 
laminates, and found that the CFL envelopes for 
those composites can adequately be described by 
means of a bell-shape function, regardless of the 
kinds of fibers and matrices. It is the first attempt to 
develop an engineering model that allows 
analytically describing both the overall asymmetry 
and the overall nonlinearity in the CFL diagrams and 
thus S-N curves for composites over the whole range 
of stress ratio. Because of its potential usefulness, 
the bell-shape CFL method should further be tested 
on different types of CFRP laminates for different 
fatigue loading conditions.  
Taking account of the change in shape of CFL 
envelope with increasing value of life, in addition to 
ease of construction of the CFL diagrams for 
composites, Kawai [7] and Kawai and Koizumi [8] 
have recently proposed a new and efficient method, 
called the anisomorphic CFL diagram approach, for 
describing the asymmetric and nonlinear CFL 
diagram for a given composite laminate by using 
only the reference S-N curve for a particular stress 
ratio and the static strengths in tension and 
compression. The use of fatigue data for the 
particular stress ratio, called the critical stress ratio, 
which is given by the ratio of compressive strength 
to tensile strength is a distinguishing feature of the 
anisomorphic CFL diagram approach.  

A NEW INTEGRATED ANISOMORPHIC CFL DIAGRAM 
APPROACH TO OFF-AXIS FATIGUE LIFE PREDICTION OF 

CFRP LAMINATES AT ANY TEMPERATURES IN  
ANY FIBER-ORIENTATIONS 
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The accuracy of prediction using the anisomorphic 
CFL diagram approach turns inaccurate in case of a 
large change in mean stress sensitivity that results in 
a significantly distorted and inclined shape of CFL 
diagram, as observed by Kawai and Murata [9] for 
symmetric angle-ply CFRP laminates. This problem 
can be removed using a modified anisomorphic CFL 
diagram that is constructed with the help of the 
additional reference fatigue data for an auxiliary 
stress ratio as well as the fatigue data for the critical 
stress ratio, although it needs a little more fatigue 
data that should be obtained from experiments. It is 
thus suggested that the anisomorphic CFL diagram 
approach has a potential for fatigue analysis of 
composite not only for fiber-dominated fatigue but 
also for matrix-dominated fatigue.  
The present study aims to establish an integrated 
anisomorphic CFL diagram based fatigue life 
prediction methodology for composites that takes 
into account the effects of three parameters, i.e. 
stress ratio, fiber orientation and temperature. A 
particular emphasis is placed on further testing of 
the anisomorphic CFL diagram approach for its 
applicability to prediction of the matrix-dominated 
fatigue life of multidirectional CFRP laminates 
under off-axis loading conditions at different 
temperatures. Namely, it is an attempt to formulate a 
new engineering fatigue model on a laminate level 
that can efficiently predict the fatigue life of CFRP 
laminates under off-axis fatigue loading in any fiber 
orientation with any stress ratio at any temperature.  
 

2 Experiment Procedure 

2.1 Material and Specimens 

Carbon/epoxy, symmetric, alternating, cross-ply 
laminates fabricated from the prepreg tape 
T700S/2592 (TORAY) were used in this study. The 
lay-up of the laminate is [0/90]3S. Three kinds of 
coupon specimens with different fiber orientations 
[θ/-(90-θ)]3S (θ = 0°, 15° and 45°) were prepared.  

2.2 Test Procedure 

On- and off-axis fatigue tests were performed at 
room temperature (RT) and high temperatures of 
70°C and 90°C under load control. Fatigue load was 
applied in a sinusoidal waveform with a frequency 
of 5 Hz. The values of stress ratio R of fatigue 
loading were specified as R = 0.1, χ, –1 and 10, 
where R designates the ratio of minimum fatigue 
stress ( ! min ) to maximum fatigue stress ( ! max ); i.e. 

  R =! min /! max . A particular value of stress ratio, ! , 
which is called the critical stress ratio [7], is defined 
as   ! " # C /# T < 0  in which   ! C (< 0)  and   ! T (> 0)  

denote the compressive and tensile strengths for 
each fiber orientation at each temperature.  
 

3 Experimental Results 

3.1 Temperature dependence of off-axis static 
strength 

The effects of temperature on off-axis tensile 
strength of the cross-ply CFRP laminate that were 
observed for different fiber orientations θ = 0°, 15° 
and 45° are shown in Figs. 1(a), (b) and (c), 
respectively. As seen in Fig. 1(a), the reduction in 
tensile strength with temperature in the fiber 
direction is small even at the highest test 
temperature of 90°C, indicating a low sensitivity to 
temperature in the longitudinal tensile strength. For 
the off-axis fiber orientations (θ = 15° and 45°), on 
the other hand, more significant reduction in tensile 
strength with increasing temperature can be 
observed over the range of temperature.  
Similarly, a low sensitivity to temperature in 
compressive strength in the fiber direction and a 
high sensitivity to temperature in compressive 
strength in off-axis fiber directions were observed in 
the range up to 70°C as well.  

3.2 Stress-ratio dependence of off-axis S-N 
relationship 

For the representative fiber orientation θ = 45°, the 
off-axis fatigue data at room temperature for 
different stress ratios R = 0.1, χ (= –0.66) and 10 are 
shown in Fig. 2, as plots of the maximum fatigue 
stress  ! max  for T-T loading and T-C loading and the 
minimum fatigue stress 

 
!min  for C-C loading 

against the number of reversals to failure 
  
2N f  on 

the linear and log scales. The off-axis static strengths 
in tension (UTS) and compression (UCS) are plotted 
at 2N f  = 1 as points of the ordinate in the S-N 
diagram.  
From Fig. 2, it is seen that the dashed lines fitted to 
the fatigue data extrapolate back to the tensile 
strength in the case of T-T (R = 0.1) and T-C (R = χ) 
fatigue loading, and to the compressive strength in 
the case of C-C fatigue loading (R = 10). The 
average slope of the S-N relationship for C-C 
loading at R =10 is milder than that for T-T loading 
at R = 0.1, showing that the relative fatigue strength, 
i.e. the fatigue strength relative to the reference 
static strength (UCS for R = 10 and UTS for R = 0.1), 
becomes higher under C-C loading. Obviously, the 
fatigue lives for loading at the critical stress ratio R 
= χ = –0.66 are much shorter than the fatigue lives 
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Fig. 1 Temperature dependence of off-axis tensile 
strength 
 
 
for R = 0.1 and 10. It is also seen that the slope of 
the S-N relationship for the critical stress ratio is 
likely to be steeper than the slopes of the S-N 
relationships for R = 0.1 and 10. These facts suggest 
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Fig. 2 Off-axis S-N curves for different stress ratios 
at room temperature (θ = 45°) 
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Fig. 3 Off-axis S-N curves for different fiber 
orientations at room temperature (R =0.1) 
 
 

that the sensitivity to fatigue in the off-axis direction 
θ = 45° of the cross-ply laminate becomes highest 
under T-C fatigue loading at a stress ratio in the 
vicinity of the critical stress ratio. In fact, it has been 
observed that most rapid degradation in quasi-
isotropic and cross-ply CFRP laminates occurs 
under T-C fatigue loading at the critical stress ratio 
[8].  

3.3 Fiber-orientation dependence of off-axis S-N 
relationship 

Fig. 3 shows comparison of the off-axis S-N 
relationships for different fiber orientations θ = 0°, 
15° and 45° that were obtained from room 
temperature fatigue tests at a constant stress ratio R 
= 0.1. It is seen that there is a significant difference 
in maximum stress level between the off-axis S-N  
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Fig. 4 Normalized off-axis S-N curves at room 
temperature (R = 0.1) 
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Fig. 5 Off-axis S-N curves at room temperature (R 
=0.1, θ = 45°) 
 
 
relationships for different fiber orientations, 
corresponding to the difference in off-axis static 
tensile strength.  
The off-axis S-N data for loading at R = 0.1 in the 
fiber orientations θ = 0°, 15° and 45° that were 
presented in Fig. 3 are normalized with respect to 
the off-axis static strengths observed, and they are 
plotted in Fig. 4 against the number of reversals to 
failure. Overall, the difference between the off-axis 
S-N relationships for different fiber orientations can 
almost be removed by the normalization of fatigue 
stress. Observing the results in more detail, however, 
we can see that the normalized off-axis fatigue data 
for θ = 15° and 45° are likely to be more closely 
distributed at a level slightly off the level of the 
normalized fatigue data for θ = 0°. A similar feature  
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Fig. 6 Normalized off-axis S-N curves at different 
temperature (R = 0.1, θ = 45°) 
 
 
 
was observed in the normalized S-N relationships 
for the other stress ratios.  
For the cross-ply laminate tested in this study, 
therefore, it is suggested that the fatigue strength 
ratio is a useful measure for analysis of the off-axis 
fatigue data, but two normalized master S-N curves, 
instead of a single curve, should be identified for 
fatigue loading in the on-axis and off-axis directions, 
respectively, to cope with the fiber orientation 
dependence of the off-axis fatigue data.  

3.4 Temperature dependence of off-axis S-N 
relationship 

Fig. 5 shows comparison of the off-axis S-N 
relationships at different temperatures T = RT and 
70°C that were obtained from fatigue tests at a 
constant stress ratio R = 0.1 using coupon specimens 
with θ = 45°. It appears that the off-axis S-N 
relationships obtained for the given fiber orientation 
at different temperatures are almost in parallel with 
each other. This suggests that the difference between 
the S-N relationships is comparable to the difference 
between the static strengths at these different 
temperatures, and thus the reduction in off-axis 
fatigue strength with increasing temperature is 
similar to that in off-axis static strength.  
These observations reveal that the difference 
between the off-axis S-N relationships for a given 
stress ratio at different temperatures can 
approximately be removed by normalization of 
maximum fatigue stresses with respect to tensile 
strengths at the same temperatures, as demonstrated 
in Fig. 6.  
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From these observations, therefore, it is suggested 
that the fatigue strength ratio can be conveniently 
used to identify the normalized master S-N 
relationships that are insensitive to fiber orientation 
as well as temperature for on-axis and off-axis 
fatigue loading conditions, respectively.  
 

4. Anisomorphic CFL diagram for off-axis 
fatigue of composites 

The anisomorphic CFL diagram for composites [7, 
8] can be constructed following the procedure of this 
approach for off-axis fatigue loading as well. 
Namely, once the tensile and compressive strengths 
and the S-N relationship for a critical stress ratio, 
which is given by the ratio of the compressive 
strength to tensile strength, are identified at a given 
temperature in a given fiber orientation, a two-
segment anisomorphic CFL diagram [7, 8] can be 
built using them.  
In case of insufficient accuracy of prediction of S-N 
relationships using the two-segment anisomorphic 
CFL diagram constructed, it may be upgraded to a 
generalized anisomorphic CFL diagram, either a 
three-segment version [9] or a four-segment version 
[10], that makes use of additional fatigue data at 
auxiliary stress ratios that are different from the 
critical stress ratio, by which the accuracy of 
prediction of S-N curve as well as that of CFL 
diagram can be enhanced.  
 

4.1 Four-segment anisomorphic CFL diagram 

In the general four-segment anisomorphic CFL 
diagram [10], the right and left transitional segments 
are defined as [!, !R ] = {R :"# < ! $ R $ !R $ 0}  and 
[!L , !] = {R :"# $ !L $ R $ ! < 0} , respectively, 
using two auxiliary stress ratios  !L  and  !R  in 
conjunction with the critical stress ratio !  which is 
equal to the ratio of compressive strength !C  (< 0) 
to tensile one !T  (> 0), i.e.   ! = "C / "T #($%, 0) . 
The right and left auxiliary stress ratios !R  and !L  
are determined so as to satisfy the condition 
!" # $L # $ # $R # 0 . The total interval of mean 
stress   [!C ,!T ]  is thus separated into four 
subintervals: I.   [!m

("R ) ,!T ] ; II.   [!m
(" ) ,!m

("R ) ] ; III. 

  [!m
("L ) ,!m

(" ) ] ; IV.   [!C ,!m
("L ) ] . The CFL envelopes on 

these subintervals are described in the alternating 
stress ! a  versus mean stress !m  plane by means of 
the following piecewise-defined functions:  
[I] Tension-dominated zone (  !m

("R ) # !m # !T ):  

  
!
" a !" a

(#R )

" a
(#R ) =

" m !" m
(#R )

" T !" m
(#R )

$

%
&

'

(
)

2!* #R
kT

 (1) 

[II] Right transitional zone (  !m
(" ) # !m < !m

("R ) ):  

  
!

" a ! " a
(#R )

" a
(#R ) ! " a

(# )
=

"m ! "m
(#R )

"m
(# ) ! "m

(#R )
 (2) 

[III] Left transitional zone (  !m
("L ) # !m < !m

(" ) ):  

  
!

" a ! " a
(# )

" a
(# ) ! " a

(#L ) =
"m ! "m

(# )

"m
(#L ) ! "m

(# )
 (3) 

[IV] Compression-dominated zone (  !C " !m < !m
(#L ) ):  

  
!
" a ! " a

(#L )

" a
(#L ) =

"m ! "m
(#L )

"C ! "m
(#L )

$

%
&

'

(
)

2!* #L
kC

 (4) 

where   ! a
(" )  and   !m

(" )  are the alternating stress and 
mean stress components of the maximum fatigue 
stress  !max

(" )  for fatigue loading at the critical stress 
ratio  R = ! ; i.e. 

  
! a

(" ) = 1
2

(1# ")!max
(" )  (5) 

  
!m

(" ) = 1
2

(1+ ")!max
(" )  (6) 

Similarly, ! a
("R )  and !m

("R )  represent the coordinates 
for the right auxiliary stress ratio R = !R , and ! a

("L )  
and !m

("L )  are the coordinates for the left auxiliary 
stress ratio R = !L . The fatigue strength ratios ! " , 
! "R

 and 
 
! "L

 associated with the critical stress ratio 
and the right and left auxiliary stress ratios, !R  and 

 !L , are defined as  

! " = #max
(" )

#T

 (7) 

  
! "R

=
#max

("R )

#T

 (8) 

  
! "L

=
#min

("L )

#C

 (9) 

In order to calculate the fatigue strengths for a given 
number of cycles for loading at the critical and 
auxiliary stress ratios, we need to identify the S-N 
curves for those stress ratios:  
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Fig. 7 Off-axis anisomorphic CFL diagrams at 70°C 
 
 

  
2N f

(! ) = f (" ! )  (10) 

  
2N f

(!R ) = f (" !R
)  (11) 

  
2N f

(!L ) = f (" !L
)  (12) 

These reference S-N curves can conveniently be 
described by means of the following function: 

  

f (x) = 1
K *

1
xn

1! x
a

x ! x( L)

b  (13) 

where the angular brackets 
 
i  indicate a singular 

function defined as 
  

x = max 0, x{ } = (x + x ) / 2 .  

4.2 Applicability of 4-segment anisomorphic CFL 
diagram 

The four-segment anisomorphic CFL diagrams for 
fatigue loading in the directions θ = 0°, 15° and 45° 
at room temperature are shown in Figs. 7(a), (b) and 
(c), respectively. It is seen that the four-segment 
anisomorphic CFL diagram approach succeeds in 
accurately describing the nonlinear and asymmetric 
CFL diagram of the cross-ply CFRP laminate not 
only for loading in the fiber direction but also for 
loading in the off-axis directions. These observations 
demonstrate that the four-segment anisomorphic 
CFL diagram approach is applicable to off-axis 
fatigue failure at 70°C and 90°C as well.  
A complete verification of the four-segment model 
requires more data at different stress ratios, since the 
fatigue data for R = 0.1 and 10 were used to identify 
the CFL diagrams and thus the accuracy of 
prediction was verified only for R = -1 in this study. 
In view of a smooth transition between fatigue 
behaviors at different stress ratios in the four 
segments, nevertheless, it is believed that the four-
segment anisomorphic CFL diagram captures the 
overall shape of a CFL diagram for the cross-ply 
CFRP laminate in any off-axis fiber orientation, and 
thus it offers a potential for adequately predicting 
the S-N curves for any stress ratios at which no 
fatigue data are available.  
 

5. Integrated CFL-based fatigue life prediction 
methodology for composites in any fiber 
orientation at any temperature 

A phenomenological model that can predict the 
fatigue lives of orthotropic composites for any off-
axis orientation at any constant temperature in a 
specified range is formulated on a laminate level by 
means of a generalized version of the fatigue 
damage mechanics approach [11].  

5.1 Off-axis master S-N relationship 

The evolution of a scalar variable ω that represents 
the magnitude of fatigue damage under on-axis and 
off-axis fatigue loading at a specified constant 
temperature is described by means of the following 
differential equation of a general form:  

   

d!
dN

= Kh("*) 1
1#!

$
%&

'
()

k "* #"L
* m

1#"* !  (14) 
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where  !*  designates either the non-dimensional 
effective stress  !

*  [11] or the modified non-
dimensional effective stress  !*  [12], and thus it 
takes a value in the range  0 ! "* ! 1 . Hereafter  !*  is 
called the generalized non-dimensional effective 
stress. The coefficients K, k, n, a and b and   !L

*  are 
material constants, and   h(!*)  is a function of  !* .  
For constant amplitude off-axis fatigue loading, Eq. 
(14) yields the following master S-N relationship: 

   

N f =
1

(1+ k)K
1

h(!*)

1"!* !

!* "!L
* m  (15) 

5.2 Off-axis grand master S-N relationship 

For coping with the effect of temperature on fatigue 
life from an engineering point of view, it is 
convenient to assume scaling of fatigue life by 
means of a temperature-life parameter.  
One of the commonly used time-temperature 
parameters (TTPs) is the Larson-Miller (LM) 
parameter  PLM  for creep rupture [13]. By analogy, 
the LM parameter for fatigue PLM(F )  is defined as  

PLM
(F ) = T F + logN f( )  (16) 

where T is temperature in K, 
 
N f  is the number of 

cycles to failure, F is a material constant that gives a 
shift along life axis; F is called the LM constant for 
fatigue in this study.  
If fatigue data at different temperatures that are 
plotted using the theoretical fatigue strength ratio 
and the LM parameter for fatigue are closely 
distributed to each other, they can be represented by 
a master S-N curve of the form: 

   

PLM
( F ) = 1

(1+ k)K
1

h(!*)

1"!* !

!* "!L
* m  (17) 

The master S-N curve can be identified by fitting 
this function to the plots of normalized stress and 
shifted fatigue life over a range of temperature. Note 
that the static failure condition  !* = 1  corresponds to 

  PLM
( F ) = 0 , suggesting that the static strength data are 

to be plotted at the equivalent life of N f = 10
!F .  

The function   h(!*)  involved by the expression of a 
grand master S-N curve may be specified in terms of 
a hyperbolic function  

  
h(!*) = sinh("!*)#$ %&

n
 (18) 

where α  is an additional material constant  
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(a) CFL diagram 
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(b) S-N curves 

 
Fig. 8 Predicted anisomorphic CFL diagram and S-N 
curves for θ = 0° at 70°C 
 
 

that should be determined by fitting to data.  

5.3 Identification of a grand master S-N 
relationship for off-axis fatigue 

A method to define a single grand master S-N curve 
for fatigue loading at any stress ratio has not been 
established yet, to the best of the authors’ knowledge. 
For a few given stress ratios, however, it is possible 
to approximately identify the associated grand 
master S-N curve. It is thus suggested that using the 
grand master S-N curves identified for loading at the 
critical stress ratio and the auxiliary stress ratios, we 
can construct a four-segment anisomorphic CFL 
diagram for any temperature in any fiber orientation.  
In the present study, we develop an integrated 
fatigue life prediction methodology along this line. 
Namely, three grand master S-N curves that are 
independent of fiber orientation as well as 
temperature over an assumed range of temperature 
are first identified for T-T fatigue loading at R = 0,  
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Fig. 9 Predicted anisomorphic CFL diagram and S-N 
curves for θ = 15° at 70°C 
 
 
C-C fatigue loading at R = ∞, and T-C fatigue 
loading at the critical stress ratio R = χ. Then, the 
standard four-segment anisomorphic CFL diagram 
[10] is constructed for each of given fiber 
orientations at each of specified temperatures by 
means of those grand master S-N curves.  

5.3.1 The grand master S-N curve for T-T 
loading at R = 0 

For T-T fatigue loading at the constant stress ratio 
 R = 0 , the generalized non-dimensional effective 
stress  !*  may be considered as the non-dimensional 
effective stress 

 
!max

* :  

  !
* =" max

* =#T ($ ,T )" max  (19) 

where 
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(b) S-N curves 

 
Fig. 10 Predicted anisomorphic CFL diagram and S-
N curves for θ = 45° at 70°C 
 
 

5.3.2 The grand master S-N curve for T-T 
loading at R = ∞ 

In the case of off-axis C-C fatigue loading, the 
generalized non-dimensional effective stress can be 
identified with the theoretical fatigue strength ratio 
associated with minimum fatigue stress. It can thus 
be written as 

  
!* =" min

* =#C ($ ,T ) " min  (21) 

where 

  
!C (" ,T ) = m4

XC (T )2 #
m2n2

XC (T )2 +
n4

YC (T )2 +
m2n2

SC (T )2   (22) 

5.3.3 The grand master S-N curve for T-C 
loading at R = χ    

In the case of off-axis T-C fatigue loading at critical 
stress ratio, the generalized non-dimensional 
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effective stress can be considered as the modified 
theoretical fatigue strength ratio  

 
!* = "#

*  (23) 

where the modified non-dimensional effective stress 
for critical stress ratio is given as  

  

!"
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# a
*(" )

1$# m
*(" ) , $1% " < 0
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*(" )
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)
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The non-dimensional alternating stress   ! a
*  and mean 

stress   !m
*  can be defined, respectively, as 

  

! a
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! m
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&
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where  ! a  and  !m  represent alternating stress and 
mean stress components, respectively. 

5.4 Comparison with experiment results 

The predicted off-axis anisomorphic CFL diagrams 
for different fiber orientations θ = 0°, 15° and 45° at 
70°C are shown in Figs. 8, 9 and 10, respectively, 
together with the predicted off-axis S-N curves for 
different stress ratios. For the fiber orientations θ = 
0° and 45°, it is seen that good predictions have been 
obtained for all the stress ratios tested in this study, 
including the stress ratio R = -1 for verification. For 
the fiber orientation θ = 15°, however, slightly 
conservative predictions have been obtained for all 
the stress ratios except for C-C loading at R = 10.  
It may be thus concluded that the integrated CFL 
based fatigue life prediction methodology developed 
in this study has succeeded in adequately predicting 
the off-axis S-N relationships in different fiber 
orientations at different temperatures for the 
complexity of the problem that involves the two 
parameters of fiber orientation and temperature. 
Since the fatigue data for R = χ, 0.1 and 10 were 
used for identification of the associated grand master 
S-N curves, the integrated methodology proposed in 
this study, strictly speaking, was verified only for 
the case of R = -1. In order to fully verify the 
integrated CFL based fatigue life prediction 
methodology developed in this study, therefore, we 

need to compare predicted and experimental results 
for different fatigue loading conditions that are not 
used for identification.  
 

6. Conclusions 

A new engineering fatigue life prediction 
methodology for efficiently predicting the off-axis 
S-N relationship for an arbitrary stress ratio at an 
arbitrary temperature using the anisomorphic CFL 
diagram was developed. To achieve this purpose, 
two models are established. One of the two models 
is for accurately predicting the off-axis strengths in 
tension and compression for arbitrary fiber 
orientation at arbitrary temperature. Another one is 
for predicting the reference S-N curve for the off-
axis critical stress ratio that depends on temperature 
as well as fiber orientation.  
These two tool models, the modified Tsai-Hill 
failure criterion with consideration of temperature 
dependence and the normalized grand master S-N 
curve approach for the off-axis critical stress ratio 
that varies with temperature and fiber orientation, 
are combined with the anisomorphic CFL diagram 
approach to be integrated into a unified fatigue life 
prediction methodology that allows predicting the 
off-axis S-N relationship of CFRP laminates for 
fatigue loading at any stress ratio and temperature in 
any fiber orientation.  
The off-axis S-N relationships for cross-ply CFRP 
laminates that were predicted for fatigue loading at 
different temperatures, in different fiber orientations, 
at different stress ratios by using the integrated 
fatigue model developed in this study were shown to 
agree well with experimental results, demonstrating 
a potential of the anisomorphic CFL diagram based 
integrated fatigue model for fatigue life analysis of 
composites.  
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1 Introduction  

Reaction formed silicon carbide (RF-SiC) and 
reaction bonded silicon carbide (RB-SiC) are both 
fabricated with silicon infiltration as sintering 
process, in which silicon infiltrated into the porous 
template and reacted with the carbon in it to form 
silicon carbide [1]. Although RF-SiC has been 
invented by Hucke for more than 40 years and 
shows high mechanical properties than RB-SiC, it 
hasn’t been produced in industrial scale due to its 
high cost and some technical issues whereas RB-SiC 
has been produced in industrial scale and applied in 
many different fields [2-4]. According to Hucke’s 
method, chemical agents were used to prepare 
porous polymer pre-template, followed by 
carbonization to get porous carbon template. The 
obstacles for the actual application of RF-SiC are the 
high cost of the synthetic polymer pre-template and 
the tendency of crack of the pre-template during 
carbonization. Fabrication of carbon template for 
RF-SiC with low cost and free from cracking has 
been a great challenge to materials scientists [2].  
 
Many attempts have been carried out to fabricate 
RF-SiC with wood blocks as substitute for synthetic 
polymer pre-template [5-7]. The RF-SiC from wood 
even obtained flexural strengths and elastic moduli 
comparable to those of commercial RB-SiC 
ceramics even though it has greatly lower density 

than the latter, which stimulated wide enthusiasm of 
researchers on it [5, 6, 8]. Compared with Hucke’s 
method, it has advantages of low cost of raw 
material and simplicity of the process. However, 
cracking is still inevitable. Other drawbacks of wood 
blocks include relatively low and uncontrollable 
density, the wide pore size distribution and so on. To 
overcome those disadvantages, middle density 
fibreboard (MDF) and wood powder composites 
have also been used as pre-templates [9, 10]. The 
structure is still not ideal, such as the high porosity 
of templates from MDF and the existence of close 
pores from wood powder composites.  
 
In our previous research [11], a novel method has 
been developed to achieve wooden pre-templates 
with controllable density, in which wood powder 
was hot pressed into blocks with hot pressing. Under 
optimized processing parameters, the pre-templates 
could have uniform density cross the whole sample. 
With this method, hemp hurd, a kind of non-wooden 
material but with similar component to wood, can 
also be used as the raw material and has the 
advantage of high pore connection. In this paper, the 
carbonization of the pre-templates of hemp hurd 
powder, the pore structure of the corresponding 
carbon templates, and the microstructure of the 
resulted ceramics were studied to evaluate their 
suitability for the fabrication of RF-SiC. 
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2. Experimental Procedure 

Hemp hurd (harvested in Liu’an City, Anhui 
province) was used to fabricate pre-templates of 
hemp hurd powder referring process shown in our 
previous work [11]. The pre-templates were 
carbonized at 1200 oC for 2h in a furnace (ZT-100-
20, Shanghai Chenrong Electric Furnace Co., Ltd., 
China) under a nitrogen gas protection. To avoid 
cracking in the pre-templates during carbonization, 
the temperature was increased at a rate of 0.5oC/min 
in the range 200–500oC. The carbonized plates were 
cut into blocks of dimensions 50mm×40mm×6mm 
as carbon templates and then infiltrated with liquid 
silicon (purity 99.0 wt%, Beijing Yuanchuang 
Magnesium Co., Ltd., China) at 1550oC for 30min 
under a vacuum (10–30Pa) in a graphite element 
furnace (EJ-13, General Research Institute for 
Nonferrous Metals) to yield the Si/SiC ceramics. 
 
The densities of pre-templates and carbon templates 
were determined by the weight and dimensions of 
the samples. The densities of the finial Si/SiC 
ceramics were measured using the Archimedes’ 
method. The microstructures of the carbon templates 
and ceramics were observed by scanning electron 
microscopy (SSX-550, Shimadzu Corp., Japan) and 
light microscopy (KH–1 000, Shanghai Hirox 
Instrument Technology Co., Ltd., China), 
respectively. The porosity distributions of the carbon 
templates were determined using a mercury 
porosimeter (Autopore-9220, Micromeritics 
Instrument Corp., USA). 
 
3. Results and discussion 
3.1 The linear shrinkage and weight residual 
while carbonization 
The linear shrinkages and weight residual of pre-
templates of hemp hurd powder are shown in Fig. 1. 
There is negligible difference in the linear 
shrinkages when the density of the pre-templates 
varies in the range of 0.85-1.02g/cm3. The 
shrinkages in length direction and width direction 
are 25.4±0.1% and 25.4±0.3%, almost same with 
each other. The shrinkage in height direction is 
38.3±0.7%. The relevant weight residual is 

31.8±0.3%. It should be noted that when wood 
blocks are directly carbonized, the shrinkages and 
weight loss vary greatly from sample to sample 
because of their variation in chemical composition 
and physical structure [12, 13]. Because of the 
homogeneity of pre-templates of hemp hurd powder, 
cracking is avoidable at optimized carbonization 
condition.  
 

 
Fig. 1 The linear shrinkages and weight residual of 

pre-templates of hem hurd powder when 
carbonization 

■—shrinkage in length; ●—shrinkage in width; 
▲—shrinkage in height; ▼—weight residual 

 
Fig. 2 shows relationship between the densities of 
the pre-templates of hemp hurd powder and the 
corresponding carbon templates. A good linear 
relationship exists in those two densities, which 
indicates that the density of carbon templates is 
controllable by adjusting the density of the pre-
templates of hemp hurd powder. 
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Fig. 2 The linear relationship between the densities 
of pre-templates of hemp hurd powder and of the 

corresponding carbon templates 
 
The carbonization behavior of the pre-template from 
hemp hurd powder and the improvement on the 
density controllability of the resulted carbon 
template can be attributed to the homogeneity in 
chemical composition and physical structure of the 
pre-template of hemp hurd powder. Wood is a 
typical composite with evident anisotropic 
characteristics, which leads to the different 
shrinkages in three directions while carbonization. 
The chemical composition and the physical structure 
vary between different trees even in a same tree, 
which results in the great variation of shrinkages 
while wood is carbonized [12]. For the pre-templates 
of hemp hurd powder, the milling and hot pressing 
eliminated the difference in physical structure and 
chemical composition in pre-templates. Therefore 
the pre-templates of hemp hurd powder can be 
looked as a homogeneous material, which is the 
reason why the pre-templates of hemp hurd powder 
have small deviation in shrinkages and weight 
residual. Fig. 3 shows the appearance of the hemp 
hurd powder. They mainly exist in the shape of 
small sheet. The direction with bigger size should be 
parallel with the axial direction of hemp hurd 
because of its higher strength in this direction. In hot 
pressing, these powders in sheet shape have a 
tendency to lie down in any direction which is 
perpendicular to the pressing force. Therefore, the 
structural difference only exists between the height 

direction and length/width direction and the pre-
template has same shrinkages in both length and 
width directions but different shrinkage in height 
direction. 
 

    
 

 
Fig. 3 The scanning electronic microscopy photos of 

hemp hurd powder 
 

3.2 Pore structure of carbon templates 
In the carbonization process, the pore structure of 
pre-templates can be inherited to the carbon template 
[5]. Fig. 4 shows the SEM photos of carbon 
templates from hemp hurd and hemp hurd power. It 
can be seen from Fig. 4(a) that there are two types 
of pores with very different pore size in carbon 
template from hemp hurd. The pores with diameters 
of about 120 µm are inherited from vascular vessels, 
while the smaller pores at 15 µm are from tracheidal 
channels. On the contrast, the carbon template from 
hemp hurd powder has invisible difference in pore 
size (Fig. 4 (b)). It can be seen from Fig. 4 (c) that 
there are some pores from the interval between the 
powders. 
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Fig. 4 Scanning electronic microscopy photos of 

carbon templates from hemp hurd (a) and hemp hurd 
powder (b) and (c) 

 
The mercury intrusion measurement is an effective 
method to test pore size distribution of porous 
materials. Fig. 5 shows the pore size distribution of 
carbon template from hemp hurd powder. There is 
only one peak in the differential curve, being similar 
with the pore size distribution of carbon template 
from the tradition sythetic method [2, 3]. This 

characteristic is beneficial to get high density silicon 
carbide ceramic because the existence of huge pores 
will result in high content of silicon in the resulted 
ceramics, which means less silicon carbide content 
and low mechanical properties. The cumulative pore 
volume percentages of pores with diameter larger 
than 4.5 µm and with diameter smaller than 0.5 µm 
are about 1.4% and 11.0%, respectively. Thus, about 
87.6% of the pore volume is attributed to pores with 
diameters between 0.5 µm and 4.5 µm. 
 

 
Fig. 5 Pore size distributions of carbon templates 

from pre-template of hemp hurd powder 
(The sample density: 0.78g/cm3) 

 
3.3 Ceramic microstructure 
The microstructure of RF-SiC ceramic from hemp 
hurd powder is shown in Fig. 6. The light grey area 
represents free silicon and the dark grey area 
represents silicon carbide. The free silicon is 
uniformly distributed in the ceramic from hemp hurd 
powder, similar with RF-SiC by Hucke’s method 
and totally different from that of ceramics from 
wood blocks [2, 5]. There are no visible pores in the 
ceramics shown in Fig.6 (a) and (b), which means 
the pores in the carbon template from hemp hurd 
powder are mainly connective pores which leads to a 
complete infiltration of silicon into the carbon 
template. Compared with the ceramic in Fig. 6 (b), 
the ceramic in Fig. 6 (a) has higher silicon content 
due to the lower density of the carbon template. 
However, higher density of carbon template didn’t 
always do good to the microstructure. In Fig. 6 (c), 
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the density of the carbon template is 0.83g/cm3, the 
resulted ceramic is not as dense as the ceramics in 
Fig. 6 (a) and (b).  
 

  

 

  

 

   
Fig.6 The microstructure of biomorphic Si/SiC 

ceramics from hemp hurd powder 
 (a), (b) and (c) correspond to ceramics with a 

density of 2.80 g/cm3, 2.94 g/cm3, and 3.01 g/cm3 

 

The influence of carbon template density on the 
microstructure can be interpreted by the theory of 
reactive infiltration of silicon. In the infiltration 
process, silicon melt infiltrated into the porous 
carbon template and then reacted with the carbon 
skeleton to from silicon carbide. In this process, the 
skeleton of carbon transferred into silicon carbide, 
accompanied with increasing of its thickness, which 
means the decreasing of pore size and porosity. 
Bigger pore size is helpful to finish reactive 
infiltration of silicon and the carbon in the template 
can transfer into silicon carbide whereas smaller 
pore size can cause the connective pores being 
closed and then incomplete infiltration happens.  
 
4. Conclusion 
Pre-templates of hemp hurd powder fabricated by 
hot pressing were carbonized to get carbon templates 
for RF-SiC. The carbonization study shows that the 
carbon templates from pre-templates of hemp hurd 
powder have controllable density because the pre-
templates have stable linear shrinkages in three 
directions and weight residual while carbonization. 
The cracking of pre-templates in carbonization is 
also evitable. The pore size distribution of the 
resulted carbon templates is narrow and ideal for the 
fabrication of RF-SiC. The microstructure of the 
resulted RF-SiC ceramic testified the suitability for 
RF-SiC fabrication of pre-templates of hemp hurd 
powder.  
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1 Introduction  

Magnesium matrix composites overcome many 
demerits of Mg alloys, such as low stiffness and low 
strengths, so they promise wide application in 
lightweight fields. However, magnesium matrix 
composites are limitedly used because of high cost.  
Their high cost usually comes from three aspects: 
reinforcements, fabrication and secondary 
deformation. Thus, economical particles and high 
efficient production should be employed.  
 
Micron-SiC particles (SiCp) are cheap besides their 
high mechanical properties. SiC Among all of these 
methods, stirring casting is regarded as the most 
productive and economical one and semi-solid 
stirring could disperse the particles cluster,, but long 
stir time is needed to obtain good particle distribution, 
which often brings too much gas and oxidation to Mg 
matrix. Thus, it is necessary to reduce the stir time. 
Fortunately, ultrasonic vibration presents a good 
route to solve the particle distribution. It was reported 
that the acoustic cavitation effect would produce a lot 
of ultrasonic cavitation in the melting metal, which 
would collapse with high pressure(above1000atm), 
temperature(~5000°C) and heating and cooling 
rates(above 1010 K/s). This would disperse the 
existed agglomeration consisted of micro-SiC and 
clean the surface of SiC particles. In addition, 
ultrasonic vibration can effectively outgas Mg 
melting. Therefore, ultrasonic vibration is very 
effective to disperse particles without gas and 
oxidation. However, it is very difficult or time-
consuming to add particles to melting using single 
ultrasonic vibration. What’s more, the effect of 
ultrasonic vibration is very micro-localized. Thus, 
single ultrasonic vibration may be not a good method 
to fabricate micron-particle reinforced Mg matrix 
composites. If mechanical stir is combined assisted 
by ultrasonic vibration, the above disadvantages of 
mechanical stir and ultrasonic vibration can be well 
overcome. Thus, in this work, we combine stirring 
casting with ultrasonic vibration and try to explore 
the proper method to fabricate the bulk SiCp 

reinforced magnesium composite with good 
mechanical performance and particle distribution. 
 

SiCp Addition significantly reduces the plasticity 
of Mg matrix, so it is necessary to develop the 
secondary processing for magnesium matrix 
composites to exploit their benefits (application). 
Extrusion is the best route for achieving a 
combination of the hot compaction and mechanical 
working, which yields a full integrity wrought 
material. So extrusion is an increasingly attractive 
processing route for a class of materials which has 
typically been amongst the most difficult to work 
successfully. Thus, hot extrusion of Mg matrix 
composites is also investigated.  
 

2 Experiments 

2.1 Fabrication of the composites 

10μm20vol.% SiCp/AZ91D Mg  matrix composites 
were fabricated. AZ91D alloy was selected as the 
matrix. SiCp in the average diameter of 10μm were 
selected as the reinforcement. The illustration of the 
fabrication device is show in Fig.1.The ultrasonic 
device consists of a transducer coupled with a 
maximum power of 2 KW and frequency of 20 KHz. 
In the beginning, AZ91 alloy was placed into the 
mild steel crucible, and then it was melt under the 
protection atmosphere of mixed CO2/SF6. Then, 
after the temperature of melt reached 720°C, it was 
cooling down to the semi-solid temperature and then 
the preheated micron-SiC particles were added into 
the melt with stirring. After semi-solid stir, the melt 
were heated until it turned out to be liquid and 
ultrasonic probe was dipped into the melt. At the 
same time, the melt is stirred without vortexin hand 
with ultrasonic treatment. Finally, the melt was cast 
into a preheated mould and solidified under about 
100MPa. The temperature-time sequence for the stir 
casting assisted by ultrasonic processing is shown in 
Fig.2. Fig. 3 is the picture of SiCp/AZ91 composites 
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fabricated by mechanical stir assisted by ultrasonic. 
The bulk ingot was more than 20kg. 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

2.2 Extrusion of the composites 

The extrusion billets of the composite were cut from 
the large sizes. The billets were solutionized at 415oC 
for 24 hours (T4 treatment). The extrusions were 
conducted using a press with a 2000 KN load limit. 
The billets, pressure pad and dish-shaped die were 
put into the extrusion container. The extrusion 
container was heated to the given temperatures in a 
muffle furnace. The temperatures of the container 
were monitored using a K-type thermocouple 
inserted into the hole drilled in the container. Once 
the container attained the desired temperatures, a 
period of 1 hour was allowed to elapse before the 
extrusion was carried out. This time is long enough to 
allow the billet to reach a steady-state temperature, as 
determined from previous tests. The billets were 
extruded using extrusion ratios 12:1 and extrusion 
temperatures 350oC. Extrudates were immediately 
cooled in water in order to obtain real-time 
microstructures while extrusions are accomplished. 
In order to compare with the composite, AZ91 alloy 
was also extruded in the same conditions as the 
composite.    
 
2.3 Aging of the composites 

As-cast and as-extruded composites after T4 
treatment was aged at 165 oC with different 
temperatures. The tensile mechanical properties of 
the aged composites were tested in order to obtain the 
peaked ageing processing.  
 
2.4 Material characterization  

Microstructural examination was carried out by 
optical microscopy (OM), scanning electron 
microscope (SEM) and transmission electron 
microscope (TEM). For OM, SEM and TEM, 
specimens were cut parallel to extrusion direction by 
electrodischarge. The specimens for OM were ground, 
polished and etched in acetic picral [5 ml acetic acid 
+ 6g picric acid + 10ml H2O + 100 ml ethanol (95%)]. 
Specimens for TEM were prepared by grinding-
polishing the sample to produce a foil of 50μm 
thickness followed by punching 3mm diameter disks. 
The disks were ion beam thinned. Specimens for 
SEM were ground and polished with great care in 
order to avoid causing particle damage in this stage.  
 
2.5 Mechanical testing  

   The tensile mechanical properties of SiCp/AZ91 
composites and alloys before and after extrusion were 

ultrasonic 

stirrer 

Fig.1 Illustration of the fabrication device 

Fig.3The image of the bulk composite 

Fig.2 The temperature-time sequence for the stir 
casting assisted by ultrasonic.  
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measured by using an Instron1186 universal testing 
machine at a constant cross-head speed of 0.5 
mm/min. The size and shape of the tensile test 
samples is shown in Fig.4. The tensile property data 
(yield strength/YS, ultimate tensile strength/UTS, 
elastic modulus/E and elongation/δ) were based on 
the average of 3-5 tests.  
 
 
 
 
 

 

 

 

 

3 Results 

3.1 Microstructure of as-cast composite ingot 

It is very necessary for bulk metal matrix composites 
to investigate the particle content and distribution 
because of its large size. The particle distribution of 
the bulk composite ingot is shown in Fig.5. The 
particle distribution was similar in different positions. 
The particle distribution was uniform in general.  In 
addition From Fig.5, the particle contents were 
almost same in those positions. Table.1 shows the 
density of samples in the different positions 
corresponding to the Fig.5. It can be found that 
density slightly varied, which further proved that 
particle contents were uniform in the bulk ingots. 
This also indicated that the settlement of SiCp was 
not evident during the solidification course of the 
composites. 
 
Although particle macro-clusters were not observed, 
and particle distributions were fairly uniform, as 
shown in Fig.5. However, most particles were 
segregated along grain boundaries in the micro-scale 
level, as shown in Fig.6. Many particles distributed 
along grain boundaries, like necklaces. This is very 
normal for metal matrix composites fabricated by stir 
casting. This kind particle distribution is called 
“necklace-type”, which is caused by the “push” effect 
of solidification front. During the solidification of the 
composites produced by stir casting, most particles 
were pushed to the solidification front while primary 
magnesium grains grew, so these particles were 
segregated in the intergranular regions during the 
impingement with other growing grains. For the large 
ingots, the solidification speed is much slower than 

that in the small ingots. Thus, the “necklace-type”  
particle distribution is more popular in the larger 
ingots. 

 

 

 

 

 

 

 

 

3.2 Microstructure of as-extruded composite 

Fig.7 shows the longitudinal particle distributions of 
the as-extruded composites. It is found by comparing 
Figs.5-7 that the particle distribution was 
significantly improved by extrusion. The “necklace-
type” particle distribution was almost eliminated by 
extrusion in the longitudinal direction So the particle 
distribution was much more uniform in as-extruded 
composite. This can evidently improve the 
mechanical properties of the composite. 

However, some particles were fractured along the 
direction perpendicular to the extrusion direction, as 
shown in Fig. 8. Our previous study indicates that the 
damage induced by extrusion is sensitive to the 
particle content on a local scale. The extrusion-
induced damage to the reinforcement has been 
observed in aluminum matrix composites, and the 
damage was found to increase with particle size, 
volume fraction and aspect ratio. And it is reported 
that particle size is refined by particle fracture during 
extrusion in aluminum matrix composite. This 
refinement was also observed in this study, as shown 
in Figs.5-7. During the reduction of the cross-section 
of the composite billet in the extrusion die, the matrix 
alloy is deformed in a plastic manner while the 
ceramic particles tend to fragment because they are 
rigid and non-deformable. Finite element simulations 
by Christamn have shown significant triaxial stresses 
were developed within the composite matrix during 
plastic deformation, due to the constraint imposed by 
the reinforcement. A particle is cracked when the 
local stress acting on the particle exceeds its fracture 
strength. And there are the pre-existing flaws in the 
particles. So there are particle cracked in the 
SiCp/AZ91 composite during extrusion. In addition, 
the particle content of the bulk composite is 20%, so 
the particle space is very close.  Assuming element of  

Fig.4 The size and shape of the tensile 
test samples. 

Table.1 The density (g/cm3) of samples in the 
different positions corresponding to the Fig.5 
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Fig.5. The particle distribution in different positions of the bulk composite ingot  

ICCM19 3240



 

  5

Producation of bulk cost-effective Magnesium matrix composites 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

closely spaced particles in the composites with high 
SiCp contents as two SiC particles separated by an 
matrix layer of thickness h and length b, some 
estimates of the stress level generated in the matrix 
can be obtained. Using the analogy of the plane strain 
compression of a block between two elastic platens, 
and applying the standard force with sticking friction 
at the interface, the maximum stress developed in the 
matrix can be calculated by the following equation: 

 

 

 

 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
And the more closely spaced particles imposed 
greater constraint on the plastic flow in the ductile 
matrix thereby generating higher triaxial stresses, 
when the reinforcement volume fraction was 
increased.    So there are many particle fractured in 
the present composite, due to the higher stress 
produced during extrusion. 
 
3.3 Ageing behaviors of the composites 

The ageing behaviors of as-cast and as-extruded 
composites are shown in Figs.9 and 10. For as-cast 
composite, UTS and elastic modulus generally 
increased with the increase of ageing time until peak  

(b) 

(a) 

Fig. 6 The typical “necklace-type” particle 
distribution in large composite ingot. 

(a) ×1000, (b)×2000 

(a)

(b)

Fig. 7 The longitudinal particle distributions 
of the as-extruded composites 

(a) ×500, (b)×1000 

max F

b
1

2h
     

 
(1) 
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ageing took place at 24 hours, as shown in Fig.9. 
After peak ageing, UTS and elastic modulus 
decreased as ageing time increased. For as-extruded 
composite, peak-ageing occurred at 22 hours. 
Extrusion did not significantly affect the ageing 
behavior. Thus, T6 treatments of as-cast composite 
and as-extruded composite are ageing 24 hours after 
T4 treatment and 22 hours after T4 treatment, 
respectively.  

The microstructure of peak-aged as-extruded 
composite was shown in Fig.11. There were a great 
number of lamellate precipitations. The precipitations 

 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
were very fine. However, the precipitate did not 
uniformly distribute in the micro-scale level. There 
existed precipitation clusters and precipitation-poor 
zones. In addition, most SiCp were surrounded by the 
fine precipitation. This may be the reason for the 
increase of elastic modulus after ageing. The 
precipitation may modify the interface between Mg 
matrix and SiCp through precipitating at the interface. 
This may improve the load transfer effect of SiCp, 
which can also improve the elastic modulus of the 
composites. This needs further TEM investigation 
and mechanical tests. 
 

Extrusion direction 

(a) 

(b) 

Fig.8 Particle cracking in as-extruded composite. 
(a) ×8000 , (b) ×16000 

Fig. 9 Ageing behavior of as-cast composite 
(a) UTS- ageing time curve, 

(b) Elastic modulus-ageing time curve 

(b)

(a)
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3.3 Mechanical properties of the composites 

The mechanical properties of the composites are 
shown in Table.2. Compared with AZ91D alloy, 
the YS, UTS and elastic modulus of as-cast 
composite were evidently improved. Hot 
extrusion significantly improved the mechanical 
properties of the composite. Hot extrusion can 
improve the particle distribution and refine the 
grain of matrix, which can improve the 
mechanical properties of the composite.  
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
However, particle cracking induced by extrusion 
can reduce the mechanical properties of the 
composite. Fig.11 shows the fractographs for the 
as-extruded composite. It can be found that there 
were matrix crumbs  at the surfaces of most SiCp in 
the fractograph, so the fracture is mainly due to 
decohesion of the interface. Thus, particle cracking 
induced by extrusion did not evidently influence 
the mechanical properties. 
      In addition, T6 treatment can significantly 
improve the YS, UTS and elastic modulus of 
both as-cast and as-extruded composites. This is  
 

(b)

(a)

Fig. 11  Fractographs for the as-
extruded composite 

Fig. 10 Ageing behavior of as-extruded composite
(a) UTS- ageing time curve, 

(b) Elastic modulus-ageing time curve 

(a) 

(b) 
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mainly due to the large number of fine and 
lamellate precipitations.      

4 Conclusions 

(1) The mechanical stir assisted by ultrasonic 
method can be used to fabricate bulk 20% 
SiCp/AZ91 composites. The mechanical 
properties of composite were evidently 
improved.  

(2) The particle content and particle distribution was 
similar in different positions of bulk composite 
ingot. Thus, the particle distribution was uniform 
in general. However, particles were segregated 
along grain boundaries in the micro-scale level, 
forming necklace-type distribution. 

(3) Hot extrusion significantly improved the particle 
distribution of the composite, although many 
particles were cracked during hot extrusion. 
Thus, extrusion effectively improved the 
mechanical properties of the composite. 

(4) T6 treatment evidently improved the YS, UTS 
and elastic modulus of both as-cast and as-
extruded composites due to the large number of 
fine and lamellate precipitations. 
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Materials YS/MPa UTS/MPa E/GPa δ/% 

As-cast AZ91 alloy 72 146 43 2.2 

As-cast composite 176 204 68 0.6 

As-cast composite (T6) 250 293 78 0.7 

As-extruded composite 345 359 71 0.7 

As-extruded composite (T4) 337 361 70  0.9 

As-extruded composite (T6) 381 396 82 1.4 

Table.2 Mechanical properties of alloy and composites 
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1 General Introduction  

Fiber reinforced polymer (FRP) composite materials 

have received close attention over the past few 

decades due to their structural functionalities such as 

high strength to weight ratios, corrosion resistance 

and durability. However, their performance may still 

fade under complex failure mechanisms such as 

delamination which can be a result of excessive 

loading and interlaminar stress concentration. 

Commonly, the combined effects of normal and 

shear stress fields cause crack propagation in 

composite materials and it is essential to take into 

account such loading conditions in evaluating their 

fracture properties. The interlaminar delamination in 

FRP composites can also accompany other local 

material deformation/failure mechanisms such as 

fibre bridging and micro-cracking. Such 

mechanisms, in turn, can cause the process zone size 

in the crack front to be significantly larger than 

proposed lengths for brittle materials, and hence 

deviate from basic assumptions of the linear elastic 

fracture mechanics (LEFM) [1]. Both experimental 

and numerical approaches have been employed in 

the past to study the mixed-mode failure of FRP 

materials. Here we briefly review these approaches.  

 

In the case of experimental studies, for mixed-mode 

crack propagation the edge delamination tension 

(EDT) test was introduced in [2]. The EDT test 

specimen consists of a multidirectional lay-up and 

when it is loaded on its edge, the different effective 

elastic properties in different layers lead to 

combined normal and shear stresses in the layup 

interfaces and consequently the crack initiation 

begins in the specimen during loading. The 

asymmetric double cantilever beam (DCB) test was 

developed in [3]. This test has several benefits such 

as simple specimen manufacturing and the testing 

procedure; however, it requires a complex loading 

unit. The mixed-mode flexural test proposed in [4] 

has a simple fixture similar to the three-point 

bending test. The major disadvantage of the mixed-

mode flexural test is related to the requirement in 

manufacturing several specimens with different 

thicknesses of the loading arm to capture different 

ratios of mode mixities. The mixed-mode bending 

(MMB) test was developed by [5] with an idea to 

superimpose the mode I and mode II tests. The 

MMB test has demonstrated [5] robust 

characteristics in terms of the preparation of 

specimens, test procedure and different mode 

mixities study.  

 

In the case of numerical studies of fracture tests, 

several models have been employed by researchers 

to regenerate different experimental fracture 

mechanics experimental datasets [6-29]. The virtual 

crack closure technique (VCCT) was proposed in [6] 

on the basis of the LEFM where a pre-assigned 

crack is inserted in the model and the crack tip 

plastic zone (process zone) is considered relatively 

small. The application of VCCT combined with the 

path independent contour integral methods (such as 

the J-integral) has proven to be an effective 

numerical tool in finding the fracture toughness 

values of materials. In the case of FRP composites 

and especially unidirectional laminates, the process 

zone is larger than the LEFM limit and it refuses the 

VCCT requirement of having an extricated crack tip. 

Cohesive zone model (CZM) is another approach 

that has drawn the attention of several researchers in 

modelling delamination in FRP composite materials 

[7]. CZM suites well with the large process zone 

occurring during the crack extension in such 

materials. The application of CZM requires 
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considering an embedded layer of CZM elements as 

the delamination path, which introduces the element 

size of embedded elements into the modelling as an 

important factor [8-9].  Another recent development 

in the application of FEM in modelling the fracture 

mechanics problem is the extended finite element 

method (XFEM) combined with the J-integral [10]. 

In XFEM, a crack surface is modelled into a regular 

FEM mesh without any need for re-meshing during 

damage progression. To enhance the ability of the 

XFEM in modelling discontinuities, a 

comprehensive framework capable of considering 

cohesive cracks and frictional contact was 

introduced in [11]. Later, cohesive cracks were 

modelled in concrete [12]. The example application 

of XFEM in composite materials was introduced in 

[13]. More recent investigations have also applied 

XFEM to model „mode-I‟ delamination of 

unidirectional (UD) composites [14-15].  

 

In the present work, the „mixed mode bending‟ 

(MMB) fracture of an FRP composite is studied via 

a user-defined non-linear XFEM model in ABAQUS. 

The results are compared to experimental data in the 

literature and conclusions are derived on the 

performance of the XFEM model.      

 

2 Mixed Mode Bending (MMB) Test   

As mentioned earlier, the mixed-mode bending 

(MMB) test was first investigated and introduced in 

[5]. The test was developed to study mixed-mode 

fracture characteristics of materials with the idea of 

superposing mode I and mode II. The MMB test 

fixture contains a three-point bending test fixture 

with a loading arm which can be adjusted to wide 

range of mode mixities from pure mode I, similar to 

the double cantilever bending (DCB) test, to pure 

mode II, similar to the end-notched flexural (ENF) 

test. The specimen employed to perform the test is 

often formed with pre-inserted impenetrable Teflon 

as a crack in the mid-layer of laminate to represent 

the existing delamination in the sample. The test 

configuration is shown in Figure 1. One can 

decouple the MMB test into equivalent DCB and 

ENF tests to find the energy release rate for each 

mode. Implementing the standard beam theory, the 

following equations are extracted for mode I and II 

energy release rates [5]: 
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where IG , IIG , LongE ,  , a, h, c and L  are mode I 

and mode II fracture toughness values, longitudinal 

module of elasticity, deflection of the mid-hinge, 

crack length, half of the section thickness, arm of 

loading and the half of span length of the beam, 

respectively. Eqs. (1) and (2) are derived by the 

assumption that the lever arm of the loading hinge is 

positioned in the middle of the span. In this case, the 

mode mixity can vary by changing the location of 

loading point on the lever arm length, c.  

 

3 Overview of the Non-linear Extended Finite 

Element Method 

Conventional finite element method (FEM) has 

frequently demonstrated numerical difficulties such 

as elastic snap back, artificial softening and strong 

mesh dependency [27] when dealing with 

discontinuities, cracks and material interfaces. To 

tackle these burdens, the extended finite element 

method (XFEM) was proposed [10] where the 

partition of unity (PUM) concept [16] t was utilized 

into FEM approximations. Over the last decade, the 

XFEM has started receiving accelerated attention 

among researchers, leading to advances and further 

improvements of the method. The study [17] 

implemented 3D XEM in modeling discontinuities 

while [18] developed the friction surfaces on the 

crack. Studies [19-20] analyzed dynamic 

propagation of the crack and developed new singular 

enrichment functions. Later, the studies [21-24] 

extracted new static and dynamic enrichment 

functions for analysis of composite materials.  

 

In XFEM, similar to conventional FEM, the finite 

element mesh is generated regardless of 

discontinuities locations. Then, specific search 

algorithms such as the level-set or fast marching 

methods [10] are utilized to identify the location of 
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any discontinuity with respect to the existing mesh 

and distinguish different types of required 

enrichments for the affected mesh elements. Next, 

additional auxiliary degrees of freedom are added to 

the conventional FEM approximations in selected 

nodes around the discontinuity. These degrees of 

freedom assist the model in capturing the 

displacement jumps caused by discontinuities. 

Assume a discontinuity (a crack) within an arbitrary 

finite element mesh. The displacement field of point 

x, )(xu g
, inside the material domain can be 

described in two parts; the conventional finite 

element approximation, and the XFEM enriched 

field defining the discontinuity [10]: 

 

  
J

enr

JJ

I

ord

II

g uxxuxxu )()()()( 

 

(3) 

where )(x , )(x , 
ordu and 

enru  are the 

conventional FEM shape function, the general 

enrichment function,
 
the classic degrees of freedom 

at each node and the additional enriched degree of 

freedom. In the case of cohesive cracks, the study 

[11] was the first to apply the 1D sub-segment on 

the crack interface to include the cohesive traction in 

the cohesive region of the crack front. The study 

[12] implemented the XFEM in modeling the 

cohesive cracks in concrete material and studied the 

XFEM model in comparison to experimental tests. 

More recently, nonlinear 3D contact problems were 

[25] simulated by introducing a new XFEM 

formulation based on the summation of material and 

geometrical stiffness matrices. The enrichment 

function in displacement field can be defined as 

follow: 
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where H is the Heaviside step function. Introducing 

the Eq. (4) into Eq. (3), the proposed total tangential 

stiffness matrix, TK , was summarized as follows 

[25]: 
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where 
S

ep

SGeoMat MGDBKK ,,,,, are the 

material stiffness, geometrical stiffness, strain 

gradient matrix, elasto-plastic constitutive matrix, 

Cartesian gradient matrix and the re-arranged second 

Piola-Kirchhoff, respectively. 

 

In order to model the cohesive cracks, the study [12] 

proposed the application of the bilinear traction-

separation law (Figure 2) to introduce a cohesive 

behaviour into the crack tip region by means of 

rearranging the nodal displacement components. 

They also implemented a transformation matrix 

(
CohB ) to rearrange the nodal degree of freedoms and 

rewrite the crack opening (
Openingv ) and sliding 

displacements (
Slidingv ) and the surface traction T as 

follows: 

  UBvv CohSlidingOpening 
 

(6) 

UBDT CohInterface
 

(7) 

where InterfaceD includes interface material properties 

and U contains the FE displacement degrees of 

freedom. In a more detailed format, Eq. (8) can be 

expanded as 















vvT

vvvvKDT

vvvKT

f

fPen

Pen

0

)1( 0

0

 
(8) 

where the damage index, D, in a pure mode I/II test 

is a function of crack opening/sliding, v, critical 

crack opening/sliding, v0, and the failure crack 

opening/sliding, vf ; 
PenK is the penalty stiffness. 

The damage index in a bilinear traction-separation 

law is defined as: 
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(9) 

Above mentioned relationships between the crack 

opening/sliding displacements and the interface 

material damage indices are valid when no 

interaction between fracture modes is expected. In a 

case where combined opening and sliding 

displacements are present, the assumption of 
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uncoupled damage indices for each mode may be 

unreliable. For instance, because of a large process 

zone at the crack front for mode I (normal opening), 

it is not expected to observe any stress singularity in 

this region. This assumption may be contradicted by 

mode II (tangential sliding) acting on the same plane 

as mode I and causes a stress concentration due to 

cohesive traction on the crack surface. To overcome 

this difficulty, the study [27] employed the concept 

of effective separation displacement, effv , and 

effective traction, eff , as follows. 

222

slidingopeningeff vvv   (10) 

222

slidingopeningeff  
 

(11) 

where   is a dimensionless correction factor relating 

the crack sliding to the crack opening which may 

vary depending on the mode II participation in 

sample‟s failure (in the present work a value of 0.2 

was considered for simulations). When modeling the 

mixed-mode fracture test, one can simply replace the 

displacement values in Eq. (9) with the effective 

separation displacement from Eq. (10). For 

modeling the contact between delamination faces, 

the static-dynamic friction law is employed to 

replace InterfaceD .  
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where 11K  is a large number to prevent the normal 

surface penetration (in the present work it was 

considered to be 11

310 E ). 22K  and 33K  were 

considered to be equal to shear modulus in static 

friction and 30% of shear modulus in dynamic 

friction. Finally, in order to include the cohesive 

interface material stiffness, the total tangential 

stiffness formulation, Eq. (5), can be redefined as: 
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In order to extract the displacement field for 

presented nonlinear problem, the residual forces can 

be calculated using: 




 dfdBF tTenrT

int
  (14) 

Where,  and 
tf
 
are the 2nd Piola-Kirchhoff tensor 

and the vector of traction forces on the crack 

surface. 

 

4 Numerical Example  

The numerical simulation of a UD laminate AS4-

PEEK fiber reinforced composite (FRP) under 

MMB test was studied. The specimen dimensions 

are extracted from [28]. The specimen length (2L), 

width (w), thickness (2h) and initial crack length (a) 

are 150 mm, 25 mm, 3.12 mm and 50 mm, 

respectively (Fig. 3). Material mechanical and 

fracture properties are presented in Table 1. A 

MATLAB code in concert with ABAQUS was 

implemented to perform the XFEM simulations. In 

the first step, MATLAB code reads the nodal 

coordinates, connectivity tables, material mechanical 

properties, crack surface and fracture information. 

Using a level-set technique the MATLAB code 

recognizes the ordinary elements and enriched 

elements of the given model. It then assembles the 

input file for ABAQUS execution. ABAQUS 

utilizes the developed user element subroutine to run 

the model and writes the stress, strain and 

displacement fields in a result file. At this stage, 

MATLAB code reads these fields from the results 

file and calculates the energy release rate using the 

J-integral to evaluate the stability of the 

delamination. If the energy release rate is greater 

than the critical fracture toughness, the delamination 

is extended by the size of the cohesive zone length. 

Otherwise, the configuration remains unchanged and 

the lever arm is pulled further away. If the 

delamination is unstable, MATLAB re-writes the 
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new input file with extended delamination, 

otherwise it increases the grip opening displacement.  

 

With the lever length to half-span length ratios of 

0.3, 0.5 and 0.8, the experimental results in [28] 

were compared with XFEM numerical simulations. 

In Addition, different penalty stiffness values were 

employed in simulations to investigate the effect of 

this modeling variable in the XFEM accuracy. The 

comparison between experimental data and XFEM 

simulations in Fig. 4 shows agreeable trends of 

force-displacement curves. While in experimental 

data no softening was observed during the material 

degradation, in the XFEM model, the delamination 

starts gradually and leads to a softening behaviour. 

Such difference between experimental and 

numerical models may be reduced by using lower 

loading rates in experiments to avoid a sudden loss 

of specimen integrity. A 0.5 mm/min rate was used 

in experimental tests in [28] while a 0.05 mm/step 

was used in the XFEM numerical simulations (total 

of 120 steps). 

 

In terms of model sensitivity to the penalty stiffness 

factor, it is evident from Fig. 5 that the nonlinear 

XFEM is not dependent on the penalty stiffness in 

the tested range of 10
3
 - 10

5
 N/mm

3
. An analytical 

solution [29] of the problem has also been added in 

Fig. 5. After the on-set of crack propagation at the 

global opening displacement of about 3mm, 

recording of experimental data has been stopped 

while the analytical model and numerical simulation 

undertaking a softening region. 

 

5 Conclusions 

In this article, the application of the extended finite 

element method (XFEM) toward modeling the 

mixed-mode bending (MMB) test was presented. 

Nonlinear approximation was employed to increase 

the precision of numerical model while the contact 

surface and cohesive zone models were adapted into 

the code by means of rearranging the nodal 

displacement values. Simulation results were 

compared with analytical values and experimental 

data [28] in a MMB test on a UD laminate with 

different lever length to half-span length ratios. A 

similar trend between different modeling approaches 

was observed. In particular, the maximum force 

capacity of the specimen seems very close in all the 

tested cases. With small loading increments, a 

gradual material softening in numerical results were 

observed, which differs from the sudden loss of 

material global stiffness seen from experimental 

data. Effect of different penalty stiffness factors was 

also studied and it was concluded that the XFEM 

model was not influenced by changes in the penalty 

stiffness. Future work in this area may include the 

effect of the mesh size and cohesive zone model 

traction-separation law to improve the accuracy of 

the numerical model.  Also the validity of the 

effective separation displacement approach for an 

equivalent fracture formulation may be investigated 

further.   
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Table 1. Elastic and fracture properties of the CFRP 

material modeled [28] 

Elastic Properties Fracture Properties 

E11 = 138 GPa TImax = 75.4 MPa 

E22 = E33 = 10.5 GPa GIC = 980 mJ/m2 

G12 = G13= 6.3 GPa TIImax = 96.3 MPa 

G23 = 3.5 GPa GIIC = 1625 mJ/m2 

v12 = v13 = 0.3  

v23 = 0.48  

 

  (a) 

(b) 

Figure 1.  (a) Mixed mode bending (MMB) test fixture; 

(b) test specimen geometry 
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Figure 2. Bilinear traction-separation law for a cohesive 

delamination interface 

 

 
Figure 3. XFEM model of the MMB test in ABAQUS. 

 

 

Figure 4. Comparison between experimental and XFEM 

results of the MMB test for different mode mixities 

 

 

Figure 5. Comparison between experimental data, 

analytical mode, and XFEM results of the MMB test with 

different penalty stiffness factors (mode mixity = 50%) 
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1 General Introduction 
Glass Fibre Reinforced Polymers (GFRPs) 

have become increasingly popular materials for use 

in civil, automotive, marine, sporting and other 

industries owing to their light weight, high specific 

stiffness/strength and lower thermal expansion 

properties [1].  

Polymer resins are well known to exhibit 

thermo-viscoelastic behaviour, meaning that their 

mechanical behaviour can be time- and temperature- 

dependent, both above and below the glass transition 

temperature (Tg). In addition, the material properties 

of polymer resins are cure dependent [2] and have a 

major impact on the effective mechanical behaviour 

of final fibre-reinforced polymer (FRP) composite 

parts [3], given that the resin matrix has the primary 

structural function of providing bulk stiffness to the 

composite. Therefore, with respect to design and 

analysis of structures made of FRP materials, the 

time/temperature/cure dependent behaviour is an 

important consideration. This dependence is 

significantly affected by various conditions (e.g.; 

environmental condition, processing time and 

temperature, etc.) [4].  

For a viscoelastic material, a relatively slow, 

progressive deformation under constant load can 

occur, which is conventionally referred to as creep. 

As a result, the creep strain is inherently time 

dependent [5] and can be a source of irreversible 

dimensional change during manufacturing, as will be 

shown in more detail later on in the current case 

study. A schematic representation of the creep and 

recovery (upon removal of the load) for a typical 

viscoelastic material is shown in Fig.1.  

Processing of thermosetting resins (e.g. 

epoxy, unsaturated polyester, polyurethane, phenolic, 

etc.) includes chemical reactions of cure, which 

involves a network formation through cross-linking 

of monomers [6, 7]. Such reactions are most often 

thermally activated and temperature dependent [8].

 Curing a polymer resin begins with an 

increase in its viscosity, followed by gelation, which 

is the emergent formation of a cross-linked network, 

and continues to a more developed network [6]. As 

cure progresses, so do changes in the matrix material 

properties; e.g., stiffness and the glass transition 

temperature Tg [9]. Through the curing process at a 

given operating temperature, the Tg of the resin 

increases from the Tg of the unreacted mixture (Tg0) 

to that of the final cured resin state (Tg∞) [4]. Based 

on the processing temperature, however, the resin 

matrix may be fully or partially cured after a given 

processing time. The latter has the potential to 

introduce permanent deformation in the part after 

de-moulding, mainly due to the continued mobility 

of the uncured polymer chains under loads and 

gradual hardening. This, in turn, can result in 

dimensional changes in the part after de-moulding 

and cause a major challenge in subsequent 

manufacturing stages (e.g., assembly). Creep has 

been considered to control the dimensional change 

of the composite parts (e.g., after de-moulding), 

particularly when they are under stress (e.g., self-

weight, or due to the loads applied during assembly, 

etc) over a period of time [10]. 

 In this study, the effect of degree of cure on 

the magnitude of creep strain due to 

storage/operation after de-moulding from a wet lay-

up process for a GFRP composite is investigated. 

Additionally, it is addressed how the creep as well as 

the associated permanent deformation in its recovery 

stage can be prevented or controlled by the extent of 

cure via the temperature during and after the 

moulding stage. The work is based on an actual case 

study in the recreational boat industry, yet with a 

widespread application through other industries 

where manufacturers may find some parts deform 

during transport, storage or post-moulding 
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operations. The test material, which was scaled from 

a bulk laminate and characterized via creep and cure 

experiments, is a thermoset composite composed of 

unsaturated polyester resin reinforced by three layers 

of fibreglass mat. The laminate was manufactured in 

an open moulding process under atmospheric 

conditions. Practical aspects of the characterization 

results are given particular attention. 

 

2 Description of the Case Study 

Boats made from GFRP composites 

frequently contain large quantities of random mat or 

chopped fibre materials and are manufactured in two 

specific parts (deck and hull), using a separate 

mould for each part. Each mould is pre-coated with 

a gelcoat (usually polyester or vinylester resin with 

filler materials and colour additives) and the rest of 

the deck/hull components are made by either spray-

up or wet lay-up. Each process involves the 

application of fibreglass (either mat or chopped) and 

polyester resin, allowing the part to cure before 

removing from the mould. Due to the high cost of 

moulds, manufacturers often use one mould per boat 

design; therefore, profit is maximized by minimizing 

the hold time of the part in the mould. After de-

moulding, each part is normally left to rest on a 

storage rack/station before the boat is assembled and 

transferred. In each of these post-moulding stages, 

the part may experience a load over a period of time 

(e.g., due to self-weight/sagging, or external loads) 

and start deforming undesirably. Consequently, it is 

hypothesized that creep is a non-negligible 

contributing factor to the process-induced 

deformation [11] of the GFRP parts, and as a result 

of that the hull and deck parts may not hold to the 

pre-specified geometric tolerances to fit together 

during assembly. Essentially, the creep deformation 

would occur due to the softening of the material 

(increase of creep compliance), in conjunction with 

the load magnitude, degree of cure, and the 

operating (manufacturing floor) temperature.  

From a practical viewpoint, undesired 

dimensional changes in parts after de-moulding can 

potentially lead the manufacturer to manage the fit-

up process with shimming or part displacements. 

Next to extra time and cost, this process can induce 

residual stresses that could lead to cracks, e.g., in the 

gelcoat of the  GFRP parts, which in turn would 

need to be fixed before the boat is sold, or can make 

the final product structurally weaker than the 

original design. 

 

 

3 Experimental 
The creep-recovery behaviour of the boat 

parts was characterized as a function of the percent 

cure during moulding, manufacturing floor 

temperature (mimicking winter versus summer 

conditions), and a constant applied force after de-

moulding.  

 

 
Fig. 1 Schematic illustration of creep and recovery 

for a typical viscoelastic material (at a given 

temperature) [4]. 
 
 

3.1 Sample Preparation  

A 300mm × 900mm plate sample was 

prepared by wet lay-up onto a flat mould. The plate 

laminate consisted of three fibreglass mat layers and 

unsaturated polyester resin (Aropol®, Ashland 

chemicals) initiated with 1.75% Luperox DDM-9 

initiator for a total thickness of approximately 2mm. 

The laminate was left to cure past the gelation point 

enough to de-mould and then quickly transferred to 

a freezer to preserve minimal cure. This master plate 

was then used in subsequent steps of 

experimentation to cut smaller samples.  

 

3.2 Fibre Fraction Determination 
60mm × 60mm specimens of the above 

master plate were cut and fully cured in a 

conventional oven (the material was held at 75oC for 

90min). Each cured specimen was then weighed 

immediately and transferred to a muffle furnace for 

a burn-off test where all the resin material was 

driven off at high temperature (550
o
C, 20 min). The 

remaining fibres were re-weighed, and subsequently 

the fibre weight fraction of the composite laminate 

was calculated [12]. 
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3.3 Partial Curing 
15mm × 60mm specimens were cut from the 

master plate using a table saw. Six batches of nine 

small specimens were then placed into an 

environmental chamber at different pre-defined 

temperatures (10, 20, 30, and 40oC) for a set time 

(180 minutes). A cure plateau was reached by the 

end of this long heating cycle; therefore, each batch 

was at a different nominal percent of cure. It has 

been proven that under an isothermal curing 

condition, beyond the gelation point, diffusion 

effects can hinder the resin from further cure 

reaction and hence the degree of cure reaches a 

plateau after a certain time at that given temperature 

[13]. Each batch was then moved back to the freezer 

to preserve its particular final (plateau) degree of 

cure. 

 

3.4 Creep Strain Determination using Dynamic 

Mechanical Analysis 
Two specimens from each specific 

conversion batch were tested using a three-point 

bending clamp of a Dynamic Mechanical Analyzer 

(DMA-Q800, TA Instruments) (Fig. ). One 

temperature condition imitated the summer ambient 

temperature on the manufacturing floor (30
o
C) and 

the second temperature condition imitated the winter 

condition (10oC) in BC, Canada. Three repeats per 

temperature (i.e., from each batch) were performed. 

The DMA was used to monitor the creep rate of 

each test sample while a constant stress is applied, 

following ASTM D2990. A corresponding 

relaxation period of 30 minutes was applied after the 

loading in order to properly capture the creep 

behaviour of the material. After this period, the load 

was removed and the recovery behavior of the 

samples was monitored. The magnitude of applied 

force (1.2 N) was chosen based on self-weight and 

second moments of area scaled from an industrial 

part to induce the maximum normal stress equivalent 

to that in the actual manufacturing after de-

moulding. 

3.5 Degree of Cure Determination 
Two specimens from each batch described 

above were analyzed using Differential Scanning 

Calorimetry/DSC (STA 449 F3 Jupiter®, Netzsch) to 

determine its (partial) degree of cure (also called 

‘conversion’). This is done by comparing the 

residual heat of reaction evolved from the sample 

(∆Hresidual) to the total heat of reaction of completely 

uncured raw resin (∆HTotal) using the following 

equation [14]: 

               Residual

Total

H
Degree of Cure 1 

H

∆
= −

∆
       (1) 

   

 

Fig. 2 DMA testing using three-point bending mode 

and fabricated composite laminate. 

 
4 Results and Discussion 

4.1 Fibre Weight Fraction Determination 
From the resin burn-off experiment 

explained in Section 3.2, the fibre content of the 

fabricated composite laminate was calculated to be 

48 ± 0.35 wt%.  

 

4.2 Dynamic Mechanical Analysis-Creep Tests  
 The creep representative curves of the 

composite laminates are shown in Fig. 3, depicting 

the change in displacement over time under the 

specified operating temperature and loading 

conditions. Results in Fig. 3-a confirmed that creep 

for the given material is temperature-dependent and 

for the same manufactured/moulded part (cured at 

30oC), there is an increase in the creep displacement 

at the higher temperature; e.g., when the post-

moulding operation/in-service loading is applied in 

summer. This is because of a temperature increase 

during the storage period after de-moulding, which 

can lead to a greater degree of mobility of the 

polymer chains by means of a higher kinetic energy. 

Also, owing to the greater influence of the viscous 

component of partially cured resin, the material 

becomes softer and flows more readily at higher 

temperatures.  

On the other hand, at a given operating 

temperature, the creep-induced displacement 

magnitude after de-moulding is seen to considerably 

decrease by increasing the curing temperature of the 

resin during the  moulding process (Fig. 3-b).  
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To understand the latter observation, let us 

recall that material properties of polymer resins 

change with the degree of cure. As cure progresses, 

the modulus increases, the material hardens, Tg is 

increased and cross-linked polymer chains have 

reduced mobility. Therefore, smaller displacements 

have occurred under the same applied load for the 

more cured samples. This can also be realized by the 

lower rate of creep deflection in Figure 3-c, for 

higher cure temperatures, indicating an increase in 

the viscous portion of material behaviour. 

After the load removal (recovery stage), it 

was interesting to note that the magnitude of the 

elastic recoverable deformation was not similar to 

the initial elastic displacement, especially at lower 

curing and higher operating temperatures. Namely, 

when the DMA (operating) temperature was equal to 

or higher than the previous curing (moulding) 

temperature, the specimen continued to cure during 

the DMA experiment. Therefore, after removing the 

load, the specimen had developed modulus 

compared to its original state as a result of cure 

progression; hence, the elastic deformation was not 

fully recoverable upon load removal. For the cases 

when the operating temperature was lower than the 

curing temperature (i.e., the case of DMA at 10
o
C 

with cured sample at 10oC in Fig. 3-a, and the case 

of DMA at 30oC with cured sample at 40oC in Fig. 

3-b), there seems to be also a small portion of 

unrecoverable displacement. In these cases, the 

curing may have progressed slightly due to the time 

factor itself (specially in the case of non-uniformity 

in cured samples, which can happen at higher curing 

temperatures [15], or there could be an effect of 

preloading/measurement error in DMA, as well as 

the possibility of physical ageing during the storage 

of the specimens before the DMA experiment or 

even during the elevated temperatures of the test [16, 

17]. Consequently, it can be said that the final 

recovered displacement in all samples is 

predominantly a combination of thermo-viscoelastic 

behavior and cure progression (where the latter 

contributes to the uncovered deformation portion 

and makes the material behavior semi thermo-visco-

elastic fluid). 

The unrecovered-to-recovered displacement 

ratio when the DMA experiment was performed at 

30
o
C decreased on average from 0.81 for specimens 

cured at 10oC to 0.45 for specimens cured at 40oC. 

The above values were found to be 0.37 and 0.17, 

respectively, when the DMA experiment was 

conducted at 10oC using a new set of samples. The 

lower operating temperature resulted in lower 

uncovered (permanent) deformation portion after the 

loading is removed.  
 

 
Fig. 3 DMA representative curves showing the 

behaviour of the specimens under creep test at (a) 

different operating temperatures but the same cure 

state, (b) different curing temperatures but the same 

operating temperature, and (c) rate of cure deflection 

for the specimens shown in (b). At a constant curing 

state, there are increased total and unrecovered 

displacements at the higher operating temperature 

(30
o
C) compared to the lower operating temperature 

(10
o
C). At a constant operating temperature, an 

increased curing temperature results in considerable 

reduction in total and unrecovered displacements. 1 

and 2 in (a) refer to recovered and unrecovered 

displacements, respectively, as an example for the 
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specimen cured at 30 
o
C, DMA at 30 

o
C. There was 

also an increase in the viscosity (lower rate of creep 

deflection) as the cure temperature increased. 

 

To compare these in a more practical 

manner, Fig. 4 shows the ‘absolute’ values of the 

unrecovered displacement for specimens cured at 

different curing temperatures, and tested in DMA 

(operation temperature) at 30oC and 10oC.  

 

 
Fig. 4 The dependence of unrecovered displacement 

on curing temperature upon removal of the operation 

load. Paired t-test confirmed statistically significant 

differences between all pairs of sample means with a 

significance level of p < 0.05. 

 
Statistical hypothesis testing was performed 

using paired t-tests to check the significance in 

differences between all pairs of sample means, with 

a significance level of p < 0.05. A statistically 

significant reduction in the unrecovered 

displacement was observed in all cases as the curing 

temperature was increased from 10oC to 40oC, under 

a given operation temperature. Inversely, there was a 

statistically significant reduction in the unrecovered 

displacement at lower operating temperature, given 

the same initial curing temperature. 

 

4.3 Degree of cure and effect of Tg of the samples 

In order to investigate the effect of curing 

temperature during moulding on the cure 

progression during post-moulding operation and 

eventually on the creep response of the specimens, 

Differential Scanning Calorimetry or DSC was 

performed on raw resin as well as resin samples 

cured at 10, 20, 30 and 40oC. Figure 5 shows 

representative DSC thermographs illustrating the 

exothermic peak of the curing reaction. The heat of 

reaction was significantly smaller for the partially 

cured samples compared to that of the raw resin. 

Among partially cured samples, as the curing 

temperature was increased, there was a sequential 

reduction in the heat of reaction. In fact, as the 

curing temperature increases, there is a progressive 

increase in the initial cure extent and, therefore, less 

un-reacted resin material to participate in the curing 

reaction during the DSC heating cycle (4 
o
C/min). 

The corresponding areas under the exothermic peak 

(∆Hreaction) in conjunction with Eq. 1 were used to 

calculate the degree of pre-cure for each sample. 

 

 
Fig. 5 DSC representative curves showing the 

exothermic curing reaction for raw resin and 

different resin samples pre-cured at temperatures of 

10, 20, 30 and 40oC. Compared to the raw resin, the 

significantly smaller heat of reaction in pre-cured 

samples are indicative of their high degree of cure. 

 

 Based on the results in Fig. 5, Eq. (1) and 

DiBenedetto’s equation [18], Fig. 6 shows the curing 

temperature (Tc) and Tg versus the degree of cure. 

There was a linear correlation between Tc and Tg , as 

well as each with the degree of cure; e.g., the degree 

of cure increases by increasing the curing 

temperature; similarly there is an increase in the Tg 

as the cure progresses.  

Many properties of the resin, particularly Tg, 

is dependent on molecular mobility and monomer 

dispersion. As the curing temperature increases, 

more energy is available to activate the temperature-

dependent curing reaction, leading to more cross-

linking of the resin monomers; hence, the overall 

molecular mobility after curing decreases and as a 

result Tg increases for that given degree of cure. It is 

interesting to note that there was almost a constant 

difference (about 25oC) between Tc and Tg at each 

degree of cure. This is a critical practical threshold 

value and specific to each given resin type [19]. It 

has been recognized that cure predominately stops 

when: Tg-Tc ≥ critical value. For a given cure state, 

raising Tc will lower Tg-Tc below the critical value; 

cure will then continue and raise Tg. For some resins 

under certain conditions, different from the resin 

used in this case study, this critical value can 
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passively take days to reach, so cure continues to 

progress for extended periods. 

 

 
Fig. 6 Degree of cure as a function of curing 

temperature (Tc), and glass transition temperature 

(Tg). There was a linear correlation between Tc and 

degree of cure. The degree of cure was increased by 

increasing the curing temperature. The Tg also 

increased progressively, and there was 

approximately 25
o
C difference between Tc and Tg 

once cure progression had ceased. Note: Tg of -67
o
C, 

which is the Tg of the raw resin (degree of cure = 0), 

has also been considered in establishing the 

regression line. 

 

Next, unrecovered creep displacement 

values in Fig. 4 were plotted versus Tg-T in Fig. 7 

(where T now replaces Tc as the new temperature 

due to the DMA condition; i.e., post-moulding 

operation temperature). It was found that both the 

initial curing temperature, which directly alters Tg 

right before de-moulding, and the operating 

temperature influencing the creep displacement, 

affect Tg-T and result in a concomitant reduction in 

the unrecovered (permanent) displacement. For 

example, if parts are not cured enough in the mould, 

then Tg will be too low before de-moulding. In this 

case, parts that after de-moulding are stored, 

transported or generally operated at high 

temperatures may get too close to Tg and become 

soft enough to undergo a notable deformation under 

a given load (Fig. 8). Therefore, in manufacturing of 

composite parts, transportation, storage and 

operating temperatures of the parts must be 

considered based on the Tg of the parts dictated by 

the curing temperature. In addition, when Tg-T is 

lower than the critical value, for example at low Tg 

and high operating temperature, the cure can still 

progress and the resin would be in the vitrification 

stage. Consequently, as the cure progresses, the 

elasticity of the part increases and hence the elastic 

displacement that had occurred upon loading will 

not be fully recoverable (or in other words the 

modulus will increase over time during post-

moulding operation).  

When Tg-T is high (i.e., above the critical 

value), for example at higher Tg values and lower 

operating temperature, there is a significant 

reduction in the unrecovered displacement, nearly 

approaching zero. However in these samples with 

high degrees of cure and hence with high Tg, creep 

can still occur (though to much smaller extents) as 

the part still exhibits a viscoelastic behavior 

particularly in the vicinity of Tg. As addressed also 

before in Fig. 3, the minor negligible unrecovered 

displacement (about 12 µm) observed at the last data 

points with a high (Tg-T)>40 oC could be due to 

physical againg, experimental errors (e.g.; the effect 

of preloading), as well as possible inhomogeneous 

micro-structure in the cured resin. With respect to 

the latter, there might be isolated regions in the 

polymer network that allows sufficient mobility 

despite the bulk network having insufficient energy 

to move due to the high degree of cross-linking.  

 

 
Fig. 7 Unrecovered displacement dependency on Tg-

T. Ultimate unrecovered displacement was 

dependent on both curing temperature of samples 

(affecting Tg) and operating temperature (T). As the 

Tg-T increases, there is a continuous reduction in the 

unrecovered displacement.  Numbers correspond to 

same numbers specified in Figure 4 for different 

curing and operating temperatures. As can be seen 

both curing and operating temperatures contribute to 

the unrecovered displacement. 

 
 The concepts explained throughout the 

above discussions have been summarized in Fig. 9 

showing the contribution of Tc, Tg, and operating 

temperature on curing, viscous portion and elastic 

portion (recovery/spring back) of a typical polyester 

resin based composites. 

ICCM19 3258



 

 

 
Fig. 8 Illustrative schematic of elastic modulus 

change versus temperature for different degrees of 

cure. At a lower degree of cure (i.e., when the 

sample is cured at a low temperature), Tg will be 

low. Therefore, at a high operating temperature after 

de-moulding, Tg-T may become lower than the 

critical value. In that case, the part becomes soft and 

potentially deforms under a given load. At the same 

time, there is a possibility for further curing and 

eventually permanent deformation upon unloading.  

However, if the part is cured enough during 

moulding, and consequently Tg is high enough so 

that Tg-T will be above the critical value, at the same 

operating temperature, the part is then stiff enough 

to not deform much and will be preserved from 

significant further curing and permanent 

deformation. 
 

 Raising the temperature increases the degree 

of cure alongside an increase in viscous portion, and 

a decrease in elastic portion. In addition, progression 

of cure develops higher elastic modulus. Therefore, 

the manufacturer should make sure that the curing 

temperature is selected in a way that the part is cured 

enough to prevent high deformation and creep 

during transportation, storage or generally post-

moulding operations, and also that the part will not 

further cure and its Tg will no longer change at the 

operating temperature. Thus, for a manufactured 

part, the curing temperature, and temperature to 

observe viscous behaviour should be pushed to 

higher temperatures so that at the targeted (nominal) 

operating temperatures, the part would not undergo 

curing or exhibit viscous behaviour, and only remain 

elastic in nature. In this case, the unfavourable 

displacements due to creep and concurrent cure 

progression can also be avoided, and any elastic 

displacement occurring during handling or storage 

would be recoverable upon load removal. 

 

 

 
Fig. 9 Schematic graph illustrating the effect of 

temperature on curing, viscous portion and elastic 

portion of a typical partially cured polyester resin 

composite material. Raising temperature increases 

the degree of cure. It has also been established that 

raising temperature will increase the viscous 

deformation portion and decrease the elastic portion, 

yet cure also develops elasticity. Therefore, curing 

and operating temperatures must be selected in a 

way that the part cannot further cure (change in Tg) 

at operating temperatures after de-moulding.  

 

4.3.1 Workflow suggestion for the case study 

If we consider the environmental and part 

conditions in this case study regarding the sagging 

problem after de-moulding of parts, we can conclude 

some simple manufacturing bounds. In winter, when 

the manufacturing floor temperature is 

approximately 10°C, the whole or some parts of the 

laminate during open-moulding may not experience 

a temperature much higher than this, possibly in the 

order of 15°C. This could be due to the laminate 

being thin (not able to generate and retain substantial 

internally generated heat due to curing), low resin 

content in starved regions, among other factors. In 

this case, having the Tg-T critical threshold in mind, 

the storage, transport or operation temperature of the 

laminate after de-moulding should be limited to 

approximately 15°C. If this operational limit is not 

adhered to, the structure may experience 

dimensional consequences outlined in this 

manuscript, resulting from the thermo-viscoelastic 

behaviour and the advancement of cure. Conversely, 

knowing a specific operating temperature, for 

instance in summer, can define a lower bound in the 
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manufacturing process in the form of peak curing 

temperature.  

Since creep is a time-dependent behaviour, a 

future study can consider actual times for which the 

parts are transported or stored and subsequently 

deformation can be prevented/minimized during 

additional stages of the part lifecycle. This can 

include the change in material modulus due to 

physical ageing, independent of cure progression or 

conventional viscous behaviour. Similarly, the actual 

time that parts remain in the mould prior to removal 

should be considered (here a period of 180min was 

assumed), for varying processing temperatures and 

degrees of cure. Future work can also include 

dimensional measurements of the parts on the actual 

manufacturing floor, in order to take into account the 

large size of the boat parts (scaling problem), as well 

as the variability in the production stages. 

Incorporating this with other established knowledge 

areas of residual stress of composite structures, 

originating from various sources such as cure 

shrinkage or tool-part interaction [20], can help 

build an increasingly holistic understanding of 

dimensional control issues affecting composite 

structures. 

 

5 Conclusions  
Characterizing creep as a function of the 

percent degree of cure, factory temperature, and 

force on the part will allow GFRP manufacturers to 

optimize the length of time that a given part needs to 

be in the mould and/or the storage condition before 

assembly. This manufacturing optimization can in 

turn yield higher quality parts, and reduced waste 

and repair works. DSC and DMA equipment can be 

effectively used to characterize, respectively, the 

degree of cure and its effect on deformation in 

moulded GFRP parts. Eventually such 

characterization case studies can lead to new 

guidelines for manufactures of large GFRP open-

moulded parts. 

 It was found that there is a direct 

relationship between the curing, glass transition, as 

well as operating temperatures and the unrecovered 

displacement that may occur during transportation, 

storage or operation of composite parts. This 

unrecovered displacement was hypothesized to be 

mostly attributed to a combination of cure 

progression and creep, resulting in partial recovery 

of the total displacement. The former leads to the 

development of stiffness that retains the elasticity, 

whereas the latter can cause irreversible viscous 

flow. Undesired dimensional changes occur when 

the manufacture removes the part from the mould 

after partial curing and transport or store it at a 

temperature that is close enough to the Tg of the part. 

This softens the part to the point at which it has the 

potential to undergo creep under the applied loads 

(e.g., its own weight when stored on a storage 

structure). In the case of Aropol
®
 unsaturated 

polyester resin, it was found that there is about 25
o
C 

difference between the curing temperature and the 

resulting Tg. At temperatures within this window, 

the part has the potential to become soft and also 

further cure and change the Tg. Therefore, the 

operation temperature (including storage) would be 

ideally low enough (compared to the curing 

temperature) to make sure that the part neither 

further cures, nor exhibit a notable viscous 

behaviour.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General introduction  

This paper is concerned with experimental and 
numerical studies on the material removal 
mechanisms in single diamond grain scratching on 
Carbon/Epoxy composites. Machining of composites 
using single layer diamond tools is one of the most 
promising and effective techniques in terms of 
reduced cost, improved surface integrity, and 
extended tool life. To optimize the superabrasive 
machining process, it is imperative to have a good 
understanding of the fundamental mechanism of 
single diamond grain machining. Studying the single 
grain scratching provides the basis for modeling the 
machining process, which in essence involves the 
collective actions of numerous grains on the tool 
surface. Several studies on scratching tests were 
done focusing on metal removal mechanisms [1-4]. 
However, machining of composites is very different 
from metal machining. The non-homogeneity, 
anisotropic nature and different damage modes 
associated with composites make the machining 
process quite complex. As compared to the 
scratching tests on metal, studies on composites are 
very limited. Moreover, these studies were also 
confined to low speed machining [5]. This is 
because a diamond grain completes a scratch within 
a very short period of time in medium and high 
speeds. This complicates capturing the cutting 
phenomenon. 
 
The finite element analysis carried out by Gao et al. 
[5] for the machining of composites by a single grain 
is based on micromechanics approach. The research 
was focused on the analysis of fiber failure 
mechanism when subjected to indenting velocity 
along the thrust direction. Several other finite 
element studies were, however, carried out based on 
micromechanics approach for orthogonal machining 

of composites. In abrasive machining, it should be 
noted that a single grain may have very large 
negative rake angle with fiber orientation. In 
addition, all of these FE analyses were also limited 
to very low cutting speed to avoid the tendency of 
element distortion during simulation [6-8]. 
 
The present paper focused on the deformation 
mechanisms and composite failure modes during 
single diamond grain machining of Carbon/Epoxy 
composites with cutting speeds and feeds, 
comparable with those in superabrasive machining.  
Single grain scratching experiments were conducted 
using a geometrically well-defined diamond grain to 
explore the effects of fiber orientation on the 
material removal mechanisms. In addition, the 
material removal mechanisms in scratching with the 
slant face and the edge of the diamond grain were 
also studied.  
 
A finite element modeling of the cutting process, 
based on the micro-mechanics approach, was also 
conducted to capture and reveal the failure modes of 
composites, as well as to estimate the damage level 
outside the machining zone.  

2 Experimental setup 

As shown in Fig. 1, the scratching tests were done 
with a diamond grain in a single point dressing tool, 
installed on a rotary disc, to simulate the cutting 
action of a single diamond grain. The geometry of 
the diamond grain was square pyramidal with 
approximately 2.58 mm grit diameter and 1.29 mm 
protrusion height, as shown in Fig 2.   
 
Two sets of experiments were carried out to 
understand the deformation mechanisms of 
composites during single grain scratching tests. One 
set of tests included machining with slant face of the 
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diamond grain, while the other set included 
machining with the edge of the diamond grain. For 
both sets, unidirectional Carbon/Epoxy laminates 
with fiber orientations of 0o, 45o and 90o, with 
respect to the cutting direction, were considered. The 
cutting speed (vs) was 15 m/s and the feed speed (vw) 
was 300 mm/s. The depth of cut (a) was varied from 
0.02 to 0.16 mm. The entire experimental work was 
performed on a 5 axis Makino CNC machining 
center. JX 71 Olympus microscope was used for 
optical microscopy of 0o machined samples. 

3 Finite element modeling 

In single grain machining or grinding of composites 
by superabrasive cutting tools, very small amount of 
material is removed by individual grains which 
requires much smaller element size in modeling. 
This, in turn, increases the total number of elements 
and significantly decreases the stable time increment 
in explicit FE analysis. Therefore, to avoid high 
computational cost, a small zone of interest was 
considered in the FE analysis, where the grain depth 
of cut is maximum, as shown in Fig. 3. At the 
maximum depth of cut, the grain has a tangential 
velocity that can be replaced by a horizontal velocity 
for this small zone. The workpiece feed speed is 
much smaller compared to the wheel speed and, 
therefore, can be neglected. The finite element 
model and the problem boundary conditions are 
shown in Fig. 4. 
 
The workpiece was modeled as a layered material 
with fibers and matrix layers, backed up by 
equivalent homogeneous material (EHM). For 0o 
and 90o laminates, 7 fiber and matrix layers were 
modeled. For 45o laminate, 10 fiber and matrix 
layers were considered to ensure the initial cutting 
tool engagement into the fiber-matrix layered 
section instead of the EHM section. The material 
properties used in the FE simulations are given in 
Table 1.  
 
ABAQUS 6.11-3 FE software package was used for 
modeling the process. The fiber was modeled as 
elastic and anisotropic material, while the epoxy was 
modeled as ductile and isotropic material. Cohesive 
contact was used to account for the interface 
interaction between a fiber and a matrix layer. The 
single grain was modeled with rigid elements 
without considering the wear of the grain. The tool-

workpiece frictional behavior was assumed to follow 
Coulomb friction law. For composite machining, the 
coefficient of friction can vary within a wide range, 
depending on the fiber orientation [8]. In this paper, 
the friction coefficient was fixed at 0.5 for carbon/ 
epoxy workpiece and diamond tool combination. 

3.1 Damage modeling 

Damage modeling is an essential part of the analysis 
to establish the fiber and matrix failure modes. The 
primary scheme in damage modeling is damage 
initiation, which refers to the onset of material 
degradation at a material integration point. When 
effective stresses in a material reach the material 
strengths in the corresponding directions, damage 
initiation begins. This can be used in combination 
with damage evolution laws. Damage evolution 
capability enables the material to undergo 
progressive or gradual failure, whereas damage 
initiation without damage evolution responds only to 
sudden failure of material [9]. In this paper, damage 
evolution was used with damage initiation to model 
fiber, matrix, EHM and the cohesive contact.  
 
Failure of the fiber material was predicted using 
Hashin’s damage model, which considers four 
different failure modes; fiber tension, fiber 
compression, matrix tension and matrix 
compression. The following equations are used in 
Hashin’s damage initiation model: 
 
Fiber tension (��� � 0):  

��� � 	����
� ��  � �����
 ��
 

(1) 

Fiber compression (��� � 0):  

��� � 	����
� ��
 

(2) 

Matrix tension (��� � 0):  

��� � 	������ ��  �����
 ��
 

(3) 

Matrix compression (��� � 0):  

��� � ����2����  �	 ���2���� � 1� ������  �����
 �
�
 

(4) 

 
where σ11, σ22 and τ12 denote the components of 
effective stress tensor. The symbols σL

t, σL
c, σT

t, σT
c, 

SL, and ST refer to longitudinal tensile, longitudinal 
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compressive, transverse tensile, transverse 
compressive, longitudinal shear, and transverse 
shear strength, respectively. The variable, α, denotes 
the influence of the shear stress in the fiber tensile 
initiation criterion [10, 11]. In this paper, α was 
considered as 0, and the fiber shear strength was 
estimated as 50% of the fiber transverse compressive 
strength [10].  
 
The damage evolution law for fiber reinforced 
composites is crucial in controlling the element 
deformation behavior. This law is based on energy 
dissipation during the crack formation process. Four 
energy dissipation parameters are used to 
accommodate the four different fiber failure modes, 
mentioned earlier. The following equations were 
used in this paper to estimate energy per unit crack 
length [9]: 

�
� � 12 �
��
��� 
(5) 

�
� � 12 �
��
��� 
(6) 

��� � 12 ���� ���  � ��!�� 
(7) 

��� � 12 ���� ���  � ��!�� 
(8) 

 
where GL

c, GL
t, GT

c, and GT
t denote dissipated 

energy for fiber longitudinal compression, fiber 
longitudinal tension, fiber transverse compression 
and fiber transverse tension, respectively. The 
amount of dissipated energy is largely dependent on 
the mesh characteristic length, lc. For shell elements, 
this length can be estimated as the square root of the 
area of the shell element. 
 
A damage variable, d, estimates the extent of 
damage at a point in the material based on the 
damage initiation and evolution parameters and 
evolves from 0 (no damage) to 1 (complete damage).  
Only ductile fracture criterion was used for Epoxy 
damage modeling. This criterion predicts the onset 
of damage as a function of equivalent plastic strain, 
stress triaxiality, and strain rate. Evolution of 
damage was modeled using fracture energy to 
generate crack.  
 
Table 2 shows the material strength and damage 
evolution data for fiber, matrix and EHM. 

For both fiber and matrix material modeling, it is 
important to consider the mesh dependency of the 
damage evolution parameters. If the element size is 
too much reduced, the energy dissipated due to crack 
formation decreases significantly. This, in turn, 
creates sudden drop of stress at the point under 
consideration, and thus creates dynamic instability. 
Another important factor is to consider the ratio of 
the deformation speed to the wave speed. If an 
element is too small, the rate at which the element is 
deformed does not allow the stress wave to 
propagate through the elements, leading to mesh 
convergence difficulties. This creates a serious 
limitation on imposing high speed and feed 
conditions. To address these issues, mesh 
convergence analysis was carried out, and an 
average element size of 2.5 µm was used in 
modeling the fiber and the matrix to simulate 15 m/s 
cutting speed.  

3.2 Interface modeling 

Cohesive contact was used to model the interaction 
at the fiber- matrix, as well as the EHM-matrix 
interfaces. The elastic behavior of the cohesive 
contact was modeled with traction-separation law, 
where the material constitutive equation can be 
written as: 
 

"#$#%#�
& � '() "*$*%*�

& (9) 

 
Where, tn, ts, and tt denote the normal, mode 1 shear, 
and mode 2 shear traction stresses, respectively. δn, 
δs, and δt are the corresponding separations. The 
matrix K contains the stiffness parameters, which are 
obtained from the contact element thickness, and the 
elastic and shear modulii.  
 
A quadratic strain criterion was used as damage 
initiation criterion, where damage is assumed to 
initiate when a quadratic interaction function, 
involving the three separation variables, reaches 1. 
The damage evolution, used in this model, was 
based on fracture energies with mixed mode and 
exponential softening behavior. Mixed mode refers 
to the dependency of crack formation on fracture 

energy ratios: 
+,+- , +/+- , +0+- where�$, �% , and ��  are the 

energies required by the tractions and their conjugate 
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separations. Exponential softening indicates that the 
traction stress is exponentially reduced as the 
separation strain increases upon damage evolution 
[12].  Table 3 shows the cohesive properties used in 
the model. 

4 Material removal mechanisms 

In superabrasive machining of composites, material 
removal is largely dominated by fiber failure 
mechanisms. As fibers act as the main load carrying 
elements in composites, cutting force is primarily 
dependent on the fiber fractures. Fiber failure modes 
and fracture angles are again dependent on fiber 
orientation inside a laminate. Therefore, in the 
following sections, fiber failure modes of 0o, 45o, 
and 90o were analyzed with optical microscopy and 
simulation results. 
 
To understand the dependency of material removal 
process on the grain orientation, machining by both 
edge and slant face of a diamond grain was carried 
out. However, no significant change was observed. 
In both types of machining, fiber failure modes were 
found to be identical. 

4.1 Laminate of 0o fiber orientation 

When an abrasive grain passes 0o laminate, a fiber is 
subjected to longitudinal and transverse compressive 
stresses as shown in Fig. 5. Both compressive forces 
crush a fiber at the beginning of machining (Fig. 6). 
However, since the fiber-matrix interfacial failure 
stress is much lower than fiber longitudinal 
compressive failure stress, a fiber tends to debond 
from its surrounding matrix before its failure. Due to 
debonding, this transverse compressive stress bends 
a fiber instead of crushing it, and thus generates 
bending stress along the fiber axis. At the same time, 
due to very high fiber length-to-diameter ratio, 
longitudinal compressive stress creates fiber 
buckling, as shown in Fig. 7. In either way, large 
amount of local bending stress is generated in a 
debonded fiber leading to fiber bending failure. This 
phenomenon is also apparent in optical microscopy 
of 0o laminate, machined by a single grain (Fig. 8). 
 
A shear stress is also induced in a fiber due to 
compressive stresses. The level of the shear stress 
depends on the material properties. As a result, shear 
failure of a fiber is often observed in addition to pure 

compressive failure, creating fracture plane angles 
other than 90o, as shown in Fig. 9.  
Fig. 10 shows fiber failure modes at a region outside 
the machining area. This was highlighted as side 
region in the figure. Fibers in this region are also 
subjected to transverse compression and fail by both 
fiber crushing and fiber bending. 
 
FEA results of single grain machining of 0o laminate 
are shown in Fig. 11. It is clear from the figure that 
fibers start to bend as the abrasive grain approaches 
the workpiece, due to supporting matrix crushing. 
Bending stress generation and fractured fiber length 
were also highlighted in the figure. It was found that 
fiber fracture length varied from 0.01 to 0.04 mm, 
whereas in optical microscopy the fracture length 
varied from 0.011 to 0.016 mm. Fracture plane 
angles were varied from 58o (shear fail) to 90o (pure 
bending fail). Shear failure mainly occurred at the 
beginning of machining when an undebonded fiber 
was subjected to direct longitudinal compression. As 
debonding progressed, shear failure also transitioned 
to pure bending failure. 

4.2 Laminate of 45o fiber orientation 

During single grain machining of composites, a 
single grain follows a trochoidal path. The force 
exerted by the grain creates an angle with the fiber, 
which can be subdivided into two components; force 
acting along the fiber, FL, and force acting 
perpendicular to the fiber, FT (Fig. 12). In case of 
45o laminate, FL creates transverse tension due to 
Poisson’s effect along with longitudinal 
compression. Since, transverse tensile failure stress 
of a fiber is lower than longitudinal compressive 
failure stress, fibers in a 45o laminate undergo tensile 
failure in the transverse direction.  
 
It should be noted that the force component, FT, 
creates transverse compression on the fiber. This 
leads to the crushing of the epoxy beneath the fiber, 
since epoxy damage requires low energy compared 
to fiber cracking. When the supporting epoxy 
completely fails, the fibers eventually find space for 
bending and thus fail by local tension and 
compression. 
 
Fig. 13 shows the simulation results of 45o laminate 
during machining. Both the ductile damage of the 
epoxy matrix and the bending stress generation 
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along a fiber have been indicated in the figure. Fig. 
14 shows the extent of damage for four different 
fiber failure modes (fiber longitudinal compression, 
fiber longitudinal tension, fiber transverse 
compression and fiber transverse tension) with the 
cutting time. It is clear from the graph that complete 
damage was obtained for both transverse and 
longitudinal tension indicating fiber tensile failure in 
transverse direction followed by bending failure.   

4.3 Laminate of 90o fiber orientation 

Similar to 45o laminate, the force FL in the case of 
90o laminate can cause a fiber failure by either 
transverse tension or longitudinal compression. 
However, unlike 45o laminate, fibers in 90o laminate 
do not fail by transverse tension. This can be 
explained by the fact that the contact area between a 
fiber and the grain is largely dependent on the 
included angle between fiber cross section and the 
grain slant face. Large included angle for fibers 
oriented at 90o leads to gradually increasing contact 
stress which, in turn, damages the fiber either by 
longitudinal compression or by shear. In 45o 
laminate, however, this included angle is very small, 
creating almost full contact between the grain slant 
face and the fiber cross section. This allows 
longitudinal compressive stress to act directly as 
normal stress, and leads to transverse tensile failure. 
The effect of FT plays a key role in the failure of 90o 
laminate; FT initiates fiber bending by epoxy 
crushing. Fibers act like cantilever beams subjected 
to transverse loading. Bending stress cause localized 
tension and compression, leading to fiber failure. 
Angle of the fracture plane with the fiber axis is 
dependent on the maximum deflection of the fiber.  
 
Fig. 15 shows the simulation results of 90o laminate 
during single grain machining. It is clear from the 
figure that epoxy damage occurred, followed by 
fiber bending leading to fiber failure. Fractured fiber 
length was found between 0.008 to 0.025 mm, 
depending on the distance of a fiber from the grain. 
Fig. 16 shows the extent of simulated damage for 
four different fiber failure modes with the cutting 
time. The graph shows that the primary failure 
modes in machining 90o laminates are due to 
longitudinal compressive and tensile stresses. 

5 Conclusions 

The core objective of this research was to observe 
and analyze material removal mechanisms of 
carbon/epoxy machined by a single diamond grain. 
The following conclusions can be drawn from this 
study: 
1. Material removal mechanism of composites 

depends on the fiber and matrix failure 
characteristics. As fibers act as main load 
carrying constituent of composites, energy 
required to fracture a fiber largely contributes to 
the required cutting force.  

2. The dependence of primary material removal 
mechanism of composites on diamond grain 
orientation was found to be negligible. 

3. Primary material removal mechanism for 0o and 
90o laminates was longitudinal compressive or 
shear damage, followed by fiber bending failure. 
Shear damage was more dominant than 
longitudinal compressive damage as fibers are 
weak in shear. For 45o laminate, it is the 
transverse tensile failure that dominates over 
shear failure at the beginning of machining. As 
the grain advances, debonded fibers undergo 
bending and eventually fail. 

4. From optical microscopy of 0o laminate, the 
fracture plane angle was found to vary from 56o 
to 86o, whereas from simulation, 58 o was found 
for shear damage at the beginning of machining. 
90o fracture angle was found for a bent fiber.  

5. The length of a fractured fiber was found to be 
between 0.01 to 0.016 mm for 0o laminate. 
However, in the FE simulations, the fractured 
fiber length was found to be dependent on the 
distance of a fiber from its free surface and 
varied between 0.01 to 0.04 mm. 

6. The fracture plane angle and fractured fiber 
length for 90o and 45o were not confirmed by 
microscopic examination. From the FEA results, 
fractured fiber length was found around 0.0175 
mm for 45o laminate and approximately 0.008 – 
0.025 mm for 90o laminate. 
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Symbols 

E1 Longitudinal stiffness 

E2 Transverse stiffness 

ν12 Poisson’s ratio 

G12 Shear modulus 

Ρ Density of material 

σy Yield stress 

εp Plastic strain �
� 
Longitudinal compressive strength �
� Longitudinal tensile strength 

��� Transverse compressive strength 

σ67  Transverse tensile strength 

�
 Longitudinal shear strength 

�� Transverse shear strength 

�
� Longitudinal compressive fracture energy 

�
� Longitudinal tensile fracture energy 

���  Transverse compressive fracture energy 

���  Transverse compressive fracture energy 

�� Fracture strain 

�8 Stress triaxiality 

�9 Strain rate 

�� Fracture energy for matrix 

EHM Equivalent homogeneous material 

vs Cutting speed 

vw Feed speed 

A Depth of cut 

�:� Longitudinal compressive stress 

�;� Transverse compressive stress 
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lc Characteristic length 

 

 

 

Tables 

Table. 1. Material elastic and plastic properties [5, 8] 

 E1 E2 ν12 G12 ρ σy εp 
Unit GPa GPa - GPa Kg/m3 MPa - 
Fiber 235 14 0.2 28 1800 - - 
Matrix 4 - 0.4  1600 85 0 
EHM 155 3.02 0.246 4.4 1720 - - 

 

Table. 2. Material strength and damage properties 

Fiber strength data [5, 8] �
� 
(MPa) 

�
� 
(MPa) 

��� 
(MPa) 

���  
(MPa) 

�
 
(MPa) 

�� 
(MPa) 

1800 3590 2730 350 380 380 
Fiber damage evolution data �
� 

(N/mm) 
�
� 

(N/mm) 
���  

(N/mm) 
���  

(N/mm) 
0.13 0.260 0.82 0.14 

EHM strength data [13] �
� 
(MPa) 

�
� 
(MPa) 

��� 
(MPa) 

���  
(MPa) 

�
 
(MPa) 

�� 
(MPa) 

1500 2000 200 50 100 100 
EHM damage evolution data �
� 

(N/mm) 
�
� 

(N/mm) 
���  

(N/mm) 
���  

(N/mm) 
0.091 0.16 3.33 0.0625 

Matrix damage parameters �� �8 �9 �� (N/mm) 
0.033 1 0.1 0.11  

 

Table. 3. Cohesive contact parameters [14]  

Nominal strain 
Normal-only mode 

Nominal strain 
Shear only mode 

First direction 

Nominal strain 
Shear only mode 
Second direction 

2.5 e-5 6.65e-5 6.65e-5 

Fracture energy 
Normal-only mode 

Fracture energy 
Shear only mode 

First direction 

Fracture energy 
Shear only mode 
Second direction 

4 4 4 
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Figures 

Fig. 1. Experimental setup 
 

             
Fig. 2. Diamond grit geometry (dimension is 
 
 

Fig. 3. Modeling zone considered for FEA 
 
 

Fig. 4. Finite Element model 
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Fig. 5. Stresses acting on a 0o oriented fiber

 

Fig. 6. Transverse compressive crack lines on fiber of 0
 

Fig. 7. Buckling of a fiber 
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Fig. 8. Bending failure of a fiber 

 

 

 
Fig. 9. Fracture angle of a fiber of 0o 

 

 
Fig. 10. Fiber bending in side region 

 

 
(a) Compressive damage at the start of machining 
 

 
(b) Fiber bending 
 
Fig. 11. Failure modes of 0o laminate 

 
Fig. 12. Force components of a 45o laminate 
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(a) Bending stress generation in 45o laminae 

 
(b) Fiber fracture mode of a 45o laminate 

Fig. 13. FEA result of a 45o laminate 
 

 
 
Fig. 14. Damage criterion evolution for 45o laminate 

 
Fig. 15. FEA result of a 90o laminate 
 

 
Fig. 16. Damage criterion evolution for 90o laminate 
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1 General Introduction  

New manufacturing paradigms involve more 

dependence on green manufacturing techniques. 

Minimum Quantity Lubrication (MQL) of 

machining processes has gained significant interest 

by replacing the conventional flood cooling in many 

applications involving various materials and cutting 

conditions [1,2]. The use of this technique results in 

considerable reductions in the quantity of lubricant 

used, reducing manufacturing costs, as well as the 

impact of the process on the environment. Review of 

previous work on machining with MQL showed 

promising results. The technology appears to have a 

niche of applications, where it would prove 

beneficial in terms of quality and savings, in 

addition to the environmental benefits [3].   
 

Application of MQL in machining requires special 

considerations to ensure that the cutting fluid 

adequately covers the cutting zone area, mainly, the 

tool–chip and the tool–workpiece interfaces. It is 

mostly required that the droplet size in the spray be 

relatively small for better penetration into the cutting 

surface [4]. However, small droplets < 4 µm in 

diameter are considered as mist, which are airborne 

fluid particles and can cause health issues if inhaled 

by the machine operators, depending on the type of 

oil used and its concentration [5]. 
 

In the machining process, the particle size and 

velocity characteristics of the MQL spray strongly 

influence the lubrication and cooling capacity of the 

jet. Heat generation due to friction at the tool-chip 

interface can increase tool wear and alters the 

quality of the machined surface. In the case of metal 

cutting, this affects the plastic deformation process 

in the primary and secondary shear zones [6]. In 

addition, it creates residual stresses in the machined 

surface and results in thermal deformation of the 

cutting tool [7]. A good understanding of the 

lubrication and cooling effects at the cutting zone 

will lead to efficient and economic machining [6].  
 

Several studies evaluated the effect of the 

application of MQL on the machining performance, 

as compared to dry cutting and machining with flood 

coolants. In drilling of magnesium alloy [8], carbon 

steel [9] and aluminum-silicon alloy [10], the 

application of MQL showed lower cutting forces and 

temperature and better surface quality, when 

compared to dry and flood coolant. Additionally, 

lower tool wear was associated with MQL in the 

drilling of hardened steel [11] and aluminum silicon 

alloy [10]. In milling of steel [12-14], titanium alloy 

[15] and aluminum 6161 [16, 17], MQL showed also 

lower tool wear lower cutting forces, and better 

surface quality. Similarly, MQL application in 

turning showed lower cutting temperatures and tool 

wear when machining steel [18-20], and Inconel 718 

[21], as compared to dry and flood coolant. Even in 

grinding of titanium alloys [22] and hardened steel 

[23], MQL showed lower cutting forces and surface 

roughness.    
 

However, there is limited knowledge of the flow 

regimes through which MQL functions. The 

presence of different methods of atomization has a 

great impact on the nature of the aerosols generated, 

and hence, its cooling and lubrication capabilities. 

Additionally, the machining of difficult-to-cut 

materials; e.g., Inconel and Carbon Fibre Reinforced 

Plastics using MQL did not have its fair share of 

investigation.  Therefore, the main objective of this 

work is to study the effect of MQL parameters, 

namely, the air flow rate (Va) and oil flow rate (Vo), 
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on the quality of the machined surface in routing of 

Carbon-Fiber Reinforced Plastics (CFRP) laminates. 

The machining quality was evaluated in terms of the 

surface roughness and the geometrical accuracy of 

the machined surface. Comparison of MQL to dry 

and flood cooling is also presented. 

2 Experimental Work 

Routing experiments were performed to study 

the effect of MQL parameters and different cooling 

techniques on the machining quality of CFRP 

laminates. The tests were designed so that all 

machining parameters would be fixed with only the 

tribological conditions changing. Three MQL 

conditions were considered along with flood 

cooling, pressurized air, and dry machining. Tables 

 

Table 1 shows the test matrix of the cooling 

conditions used in these experiments. The routing 

experiments were performed on a 5-axis DMU 100P 

duo BLOCK® CNC Machining Center, at the 

Aerospace Manufacturing Technology Center 

(AMTC) of the National Research Council Canada 

(NRC). The setup was designed to ensure the 

collection of the CFRP dust generated without 

intervention of the application of MQL and the 

collection of the data, as shown in Figure 1. The test 

samples were mounted vertically and slotting 

operations were performed. The cutting conditions 

were fixed at a cutting speed of 15,000 rpm and a 

feed of 1,500 mm/min, resulting in a nominal chip 

load of 0.025 mm/tooth. Mecagreen 550 was used to 

make a 5% concentration emulsion for the MQL 

tests.  
 

Dimensional and geometrical features of the 

machined slots, as well as, the tool wear were 

evaluated, for each cutting condition, after 90 mm 

cutting length, for a total length of 450 mm. This 

allows assessing the progressive evolution of the 

quality of the machined surface, in relation to the 

progressive flank wear. 
 

Routing slots of 90 mm in length and 6.35 mm wide 

were machined according to the layout shown in 

Figure 2. A pilot hole was first drilled at each cutting 

location to permit tool to penetrate the full axial 

depth of cut (i.e. the workpiece thickness), before 

the routing process. All cuts were performed using 

helical 4-flute 1/4” uncoated tungsten-carbide 

endmills (SGS-30131). The tool selection criterion 

was to combine the elevated hardness of tungsten-

carbide with its moderate cost (compared to coated 

carbide tools). It should be noted that uncoated 

carbide tools are commonly used in industrial 

applications. 

3 Results and discussions 

3.1 Tool wear 

Figure 3 shows the progressive flank wear 

measurements for the tested cooling conditions at 

different cutting length. The superior effect of MQL 

in controlling tool wear can be seen, as compared to 

other cooling techniques. All three MQL conditions 

resulted in lower tool wear than those obtained with 

pressurized air, dry and flood cooling. The reduction 

in the tool wear when using MQL is up to 22% to 

30%, compared to air, dry and flood cooling. This 

can be attributed to the better jet penetration and 

atomization, and hence, better cooling and 

lubrication when the MQL parameters are properly 

selected. Figure 4 shows the flank wear for both 

cases of pressurized air and MQL with 10 ml/hr oil 

flow rate (Vo) and 30 l/min air flow rate (Va) after 

450 mm cutting length.  
 

Among the MQL conditions, lower tool wear was 

observed for the case of minimum oil flow rate (Vo 

= 10 ml/min) and maximum air flow rate (Va = 31 

l/min). Under these conditions, the reduction in the 

flank wear reaches 17% as compared to other MQL 

combinations. This can be attributed to the jet 

characteristics associated with the Max Va/Min Vo 

MQL combination; lower droplet size, higher 

droplet velocity and lower vorticity which promote 

the droplet penetration, evaporation and hence, the 

heat transfer capacity of the jet [24]. 
 

The flank wear from MQL cuts with Max Vo/Min 

Va are higher than those of the Max Vo/Max Va 

MQC condition, except in the last two segments.  

The abrupt increase in the tool wear for the Max 

Vo/Max Va condition at the 4
th
 cut segment (8 μm) 

was a breakage that was not consistent with the 

process, and is most likely a damage that took place 

during tool entry and retraction. 
 

It is interesting to note that flood cooling and dry 

machining modes resulted in higher tool wear than 

MQL. The abundance of water and moisture in flood 
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cooling has adverse effects on the matrix integrity. 

This is less likely under MQL since the dispensed 

lubricant amounts are significantly lower, and the 

incumbent pressurized air on the workpiece 

facilitates the rapid evaporation of the liquid. 

Additionally, the presence of lubricant in MQL gave 

better tool performance over dry cutting. This 

promotes the application of MQL in machining of 

composites over dry machining, which is currently 

the most industrially employed method with CFRPs. 

3.2 Dimensional and geometrical accuracy 

The cut CFRP slots were analyzed for geometric 

accuracy using a Mitutoyo MACH806 coordinate 

measuring machine. The width of cut, straightness, 

and parallelism errors were measured at two depths  

4.35 mm apart for each cut, and on both sides of the 

slot (top and bottom), to cover the geometrical 

features of the machined surface. Figure 5 shows an 

example of the measured geometrical features for 

MQL condition of Min. Vo=10 ml/min and Max. 

Va=31 l/min. A tolerance of ± 25 µm over the width 

of cut was selected, while a straightness and 

parallelism values below 100 µm are considered 

acceptable. 
 

Comparing the different modes of cooling/ 

lubrication, it was observed that with the exception 

of the (Min Vo/Max Va), all initial segments had 

higher than the nominal width of 6.35 mm as shown 

in Error! Reference source not found.. This 

was clear in the initial cut segments. However, the 

progressive tool wear with the increase in the cutting 

length (≥ 360 mm) reduced the width of cut below 

the lower tolerance limit, especially in the case of 

dry and MQL machining.  
 

For the initial cuts in case of dry mode, pressurized 

air mode, flood coolant and MQL lubrication with 

high oil flow rate Vo (24 ml/min) and low air flow 

rate Va (20 l/min), the resulted width of cut was out 

of tolerance with a higher than nominal value. 

However, for the remaining cuts, most of the cooling 

conditions gave a width of cut within the acceptable 

tolerance as shown in Error! Reference source 

not found.. It is evident that machining with MQL 

with Min Vo/Max Va (10 ml/hr and 30 l/min) 

resulted in the most stable width of cut throughout 

the cutting distance as compared to other MQL 

combination, as well as, dry cutting, air and flood 

coolant. This is demonstrated by the least variation 

of the width of cut (≤ 9µm) with respect to the 

nominal value as shown in Figure 7. This 

observation is in agreement with the corresponding 

low tool wear associated with Min Vo/Max Va that 

led to a stable width of cut. The difference in the 

results between the minimum Vo/ maximum Va 

combination, and combinations with higher Vo or 

flood cooling, is indicative of the better lubrication 

and cooling capacity of minimal quantities, if the 

atomization quality of the jet is appropriate.  
 

The tribological conditions did not seem to have any 

remarkable effect on the straightness and parallelism 

errors over the distance of 450 mm. The resulted 

straightness and parallelism errors were within the 

acceptable tolerance for the tested cooling 

conditions (≤ 100 µm) as shown in Figure 8 and 

Figure 9.  
 

The geometrical errors showed a dependence on the 

workpiece fiber orientation, despite near-isotropic 

properties of the material. Cuts under the same 

tribological conditions, but performed on different 

plates, showed sharp jumps in these errors 

depending on the fiber orientation. Therefore, the 

weave orientation of the workpiece had the 

predominant effect on the straightness and 

parallelism errors, but did not have any effect on the 

width of cut.  

4 Conclusions 

The effect of different cooling methods on the 

machining quality of CFRP was investigated. The 

performance of different combinations of MQL as 

compared to dry, pressurized air and flood coolant 

was evaluated in milling of CFRP. The performance 

was evaluated in terms of tool wear and the quality 

of the machined surface, with respect to dimensional 

and geometrical errors. 

Better tool life was obtained when machining using 

MQL as compared to dry, air and flood cooling. This 

was shown by the 30% reduction in flank wear as 

compared to air and 22% as compared to dry and 

flood coolant. This favorable effect can be attributed 

to the better jet penetration and atomization for 

MQL when its parameters are properly selected. 

These attributes lead to better cooling and 

lubrication capacity and, hence, the improvement of 

the tool life. Among MQL combinations, lower tool 
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wear was found for the case of maximum air flow 

rate and minimum oil flow rate. This is mainly due 

to the smaller droplet size, higher droplet velocity 

and lower vorticity associated with the Min Vo/Max 

Va MQL combination.  

Similar trends were observed regarding the 

dimensional accuracy with the (Min Vo/Max Va) 

MQL combination as compared to dry, air, flood and 

other MQL combinations. This condition showed the 

best dimensional stability, with the least variation of 

the width of cut. The geometrical features showed 

dependence on the workpiece fiber orientation rather 

than on the tribological conditions. 

Acknowledgement 

The authors acknowledge the support of MITACS 

Accelerate program, which is funded by Fonds de 

recherche du Québec-Nature et technologies 

(FRQNT) and the Network of Centres of Excellence 

through the Industrial Research and Development 

Internship Program (IRDI), in partnership with 

Tecnolub Inc. The partial financial support of the 

Natural Sciences and Engineering Research Council 

(NSERC) is also acknowledged. The authors also 

acknowledge the contribution of the National 

Research Council Canada (NRC), Structures, 

Materials and Manufacturing Laboratory, where the 

experiments were conducted. 

References 

[1] A. Damir, S. Lancereau, H. Attia, and P. Hendrick, 

“On the Performance of Minimum Quantity 

Lubrication in Milling Al 6061,” Proc. CIRP-2
nd

 Int.  

Conf. on Process Machine Interactions, Vancouver, 

B.C., Canada, June 2010. 

[2] G. Byrne, D. Dornfeld, and B. Denkena, “Advancing 

Cutting Technology". CIRP Annals - Manufacturing 

Technology, 52(2): pp 483-507, 2003. 

[3] K. Weinert, et al. “Dry machining and minimum 

quantity lubrication” CIRP Annals - Manufacturing 

Technology, 53(2): pp 511-537, 2004. 

[4] K.-H. Park, et al., “A study on droplets and their 

distribution for minimum quantity lubrication 

(MQL)”. International Journal of Machine Tools 

and Manufacture, 50(9): pp 824-833, 2010. 

[5] J. Thornburg, and D. Leith, “Size Distribution of 

Mist Generated During Metal Machining”. Applied 

Occupational and Environmental Hygiene, 15(8): pp 

618-628, 2000. 

[6] V.S. Sharma, M. Dogra, and N.M. Suri, “Cooling 

techniques for improved productivity in turning”. 

International Journal of Machine Tools and 

Manufacture, 49(6): pp 435-453, 2009. 

[7] N.A. Abukhshim. P.T. Mativenga, and M.A. Sheikh, 

“Heat generation and temperature prediction in 

metal cutting: A review and implications for high 

speed machining”. International Journal of Machine 

Tools and Manufacture, 46(7–8): pp 782-800, 2006. 

[8] S. Bhowmick , M.J. Lukitsch., and A.T. Alpas, “Dry 

and minimum quantity lubrication drilling of cast 

magnesium alloy (AM60)”. International Journal of 

Machine Tools and Manufacture, 50(5): pp 444-457, 

2010. 

[9] R. Heinemann, et al., “Effect of MQL on the tool 

life of small twist drills in deep-hole drilling”, 

International Journal of Machine Tools and 

Manufacture, 46(1): pp 1-6, 2006. 

[10] S. Bhowmick, and A.T. Alpas, “Minimum quantity 

lubrication drilling of aluminium-silicon alloys in 

water using diamond-like carbon coated drills”, 

International Journal of Machine Tools and 

Manufacture, 48(12-13): pp 1429-1443,  2008. 

[11] B. Tasdelen, T. Wikblom, and S. Ekered, “Studies 

on minimum quantity lubrication (MQL) and air 

cooling at drilling”, Journal of Materials Processing 

Technology, 200(1-3): pp 339-346,  2008. 

[12] L. Yan, S. Yuan, and Q. Liu, “Influence of minimum 

quantity lubrication parameters on tool wear and 

surface roughness in milling of forged steel” 

Chinese Journal of Mechanical Engineering, 25(3): 

pp 419-429, 2012. 

[13] M. Rahman, A. Senthil Kumar, and S. Manzoor, 

“Evaluation of minimal quantities of lubricant in end 

milling”, International Journal of Advanced 

Manufacturing Technology, 18(4): pp 235-241, 

2001. 

[14] Y.S. Liao, H.M. Lin, and Y.C. Chen, “Feasibility 

study of the minimum quantity lubrication in high-

speed end milling of NAK80 hardened steel by 

coated carbide tool”, International Journal of 

Machine Tools and Manufacture,  47(11): pp 1667-

1676, 2007. 

[15] J. Sun, et al., “Effects of Coolant Supply Methods 

and Cutting Conditions on Tool Life in End Milling 

Titanium Alloy”, Machining Science and 

Technology: An International Journal, 10(3): pp 355 

– 370, 2006. 

[16] Y.K. Hwang, C.M. Lee, and S.H. Park, “Evaluation 

of machinability according to the changes in 

machine tools and cooling lubrication environments 

and optimization of cutting conditions using Taguchi 

method”, International Journal of Precision 

Engineering and Manufacturing, 10(3): pp 65-73, 

2009. 

ICCM19 3284



 

5  

ON THE EFFECT OF MQL PARAMETERS ON MACHINING QUALITY OF CFRP 

 

[17]  H.A. Kishawy, et al., “Effect of coolant strategy on 

tool performance, chip morphology and surface 

quality during high-speed machining of A356 

aluminum alloy”, International Journal of Machine 

Tools and Manufacture,  45(2): pp 219-227, 2005. 

[18] M.M.A. Khan, M.A.H. Mithu, and N.R. Dhar, 

“Effects of minimum quantity lubrication on turning 

AISI 9310 alloy steel using vegetable oil-based 

cutting fluid”, Journal of Materials Processing 

Technology, 209(15-16): pp 5573-5583, 2009. 

[19] , A.S. Varadarajan, P.K. Philip, and B. 

Ramamoorthy, “Investigations on hard turning with 

minimal cutting fluid application (HTMF) and its 

comparison with dry and wet turning”, International 

Journal of Machine Tools and Manufacture, 42(2): 

pp 193-200, 2002. 

[20] N.R. Dhar, M. Kamruzzaman, and M. Ahmed, 

“Effect of minimum quantity lubrication (MQL) on 

tool wear and surface roughness in turning AISI-

4340 steel”, Journal of Materials Processing 

Technology, 2006. 172(2):  pp 299-304 

[21] Y. Kamata, and T. Obikawa,  “High speed MQL 

finish-turning of Inconel 718 with different coated 

tools”, Journal of Materials Processing Technology, 

2007. 192-193:pp  281-286. 

[22] M.H  Sadeghi,., et al., “Minimal quantity 

lubrication-MQL in grinding of Ti-6Al-4V titanium 

alloy”, International Journal of Advanced 

Manufacturing Technology, 2009. 44(5-6): pp 487-

500 

[23] T. Tawakoli, , et al., “An experimental investigation 

of the effects of workpiece and grinding parameters 

on minimum quantity lubrication-MQL grinding”, 

International Journal of Machine Tools and 

Manufacture, 2009. 49(12-13):  pp 924-932. 

[24] Y. Iskandar., “Flow Visualization and 

Characterization of the MQL Spray in Machining, 

using PIV and PDA Techniques”, McGill 

University, 2013. 

 

  

ICCM19 3285



Tables 

 

Table 1 – Tested cooling conditions 

Condition Coolant Va (l/min) Vo (ml/min) 

1 Air 31 N/A 

2 Flood N/A N/A 

3 Dry N/A N/A 

4 MQL 31 24 

5 MQL 20 24 

6 MQL 31 10 

 

  

ICCM19 3286



 

7  

ON THE EFFECT OF MQL PARAMETERS ON MACHINING QUALITY OF CFRP 

 

Figures 
 

 
 

Figure 1 - Experimental setup for routing of CFRP 

 

 

Figure 2 - Workpiece layout 

 
Figure 3 - Flank wear progression for different 

cooling conditions 

 

 

Figure 4 - Flank wear after 450 mm of cutting. (a) 

Max Vo/Min Va; (b) Pressurized Air 
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Figure 5 - Dimensional and Geometric accuracy progression for MQL condition (Min Vo = 10 

ml/hr, Max Va = 30 l/min) 
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Figure 6 – Progression of width of cut for different cooling conditions 
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Figure 8 – Parallelism error progression for different cooling conditions 
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Figure 7- Progression of width of cut variation for different cooling conditions 
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1.  Introduction  

Bio-based composite materials are increasingly 

gaining acceptance as viable alternatives to 

conventional composites.  In parallel with their 

development, there have been significant 

advancements in the understanding of nano-

modified composites. This includes the use of bio-

based nano-modifiers such as nanocellulose (NC) 

which is promising due to its abundance, low cost 

and excellent mechanical properties [1]. 

Advancement in these two areas raises the 

possibility of producing novel multi-scale 

biocomposites which could mimic the hierarchical 

structure of highly efficient materials found in nature. 

Some studies have already shown noticeable 

increases in mechanical properties by making use of 

hierarchical structures in biocomposites using 

conventional manufacturing processes [2].  However, 

it is clear that these conventional processes fall short 

in producing biocomposites of similar complexity to 

those found in nature and therefore must be adapted. 

 

As a step in this direction, the current paper 

considers the resin infusion process as a base in 

producing multi-scale biocomposites from flax and 

nanocellulose.  The aim was to produce a 

hierarchical biocomposite with markedly improved 

impact and interlaminar shear properties over the 

single-scale composite.  This paper begins with a 

description of the fabric treatment process followed 

by the manufacturing of multi-scale plates by the 

resin infusion process.  The results from void 

analysis, drop-weight impact testing and short beam 

testing are then discussed. 

2.  Sample manufacturing 

2.1 Materials 

The selected constituent materials for the multi-scale 

composite were the following; twill weave flax 

fabrics, NC and a conventional epoxy resin suitable 

for resin infusion (Araldite LY1564/Aradur 3486). 

The flax fabrics were kindly supplied by Lineo NV 

and the NC was derived from softwood at the 

University of Toronto.  The NC production from 

softwood pulp consisted of two parts; chemical 

treatment (to remove lignin, hemicellulose and other 

impurities) and mechanical treatment to defibrillate. 

The chemical treatment process was used that 

described in the work published by Alemdar and 

Sain [3]. After the chemical treatment, the bleached 

pulp with 2% consistency was fed to a high shear 

defibrillator for 10 passes. 

 

2.2 Fabric chemical treatment  

It is well know that hydrophilic cellulose-based 

fibres such as flax benefit from chemical treatment 

in order to render them more compatible with 

hydrophobic resin systems [4]. In this study, all 

fabrics were treated with a 1% concentration of 

gamma-glycidoxypropyltrimethoxysilane in a 

solution of 60% ethanol and 40% distilled water (pH 

between 3.5 and 4). The treatment process was 

carried out a room temperature for 2 hours followed 

by vacuum oven drying. 

 

2.3 Laminate manufacturing 

For the laminate manufacturing, an aluminum tool 

plate was employed with a conventional vacuum 

bagging arrangement for the resin infusion process 

(Figure 1).  The tool was placed on a hot plate to 
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DEVELOPMENT OF MULTI-SCALE BIOCOMPOSITES FROM 

FLAX, NANOCELLULOSE AND EPOXY BY RESIN INFUSION 

facilitate accelerated curing of the resin.  A 

distribution media (AirTech® Resinflow 60) was 

incorporated in the layup that was cut two 

centimeters short of the preform end to avoid race 

tracking.  The distribution media was incorporated 

to encourage thru-thickness flow of the resin and 

consequently better distribution of the NC in the 

laminate.  

 

Vacuum bag
Sealant tape

Tool plate

Teflon film
Spiral tubing (inlet)

Preform

Peel ply
Distribution medium

Spiral tubing (vent)

 

Figure 1: Bagging arrangement for resin infusion 

laminate manufacturing 

Two methods were developed that incorporated the 

NC into the multi-scale composite.  The first 

involved grafting the NC directly onto the flax fibre 

surface during the treatment process (labelled MS 

(Grafted) in Table 1).  This method involved 

compacting in a dry state in the resin infusion pre-

filling stage.  This method was accomplished by 

adding an aqueous NC solution to the silane solution 

during the treatment process. . The mass ratio of NC 

to flax fibre was selected as 10%.  To better 

distribute the NC in the silane bath, spacers made up 

of glass fibre screen were placed in between the flax 

fabrics during the treatment process.  The silane bath 

was then allowed to evaporate at room temperature 

until the fabrics were dry (about 48 hours).  

Following this treatment process, it was noted that 

the NC tended to agglomerate on the surface of the 

fabrics and agglomerations could be observed on the 

cured laminates (Figure 2). 

 

Figure 2: Scanned surface of cured laminate using 

grafting technique; note agglomerations of 

nanocellulose are clearly visible  

The second method involved modifying the standard 

resin infusion procedure so that the aqueous NC 

solution could be incorporated directly in the ply 

stack by wet-layup prior to bagging (labelled MS 

(Wet-layup) in Table 1).  The stack was then heated 

to 80 °C for one hour to evaporate the bulk of the 

water.  During the pre-filling stage some moisture 

remained which resulted in softening and lubrication 

during the compaction of the preform.  Following 

this procedure, the consumables were placed and a 

vacuum hold was applied for 24 hours in order to 

eliminate residual moisture.  The mass ratio of NC 

to flax fibre for this method was selected as 7%.  

This ratio was lower than the grafting method as it 

was the maximum amount of aqueous NC solution 

that could be feasibly spread on the dry fabrics.  

 

Following the above preparations for the NC the 

epoxy resin (Araldite LY1564/Aradur 3486) was 

mixed by hand with the hardener for 5 minutes.  

This was followed by a 45 min debulk at 4.5 kPa of 

pressure.  The resin was then infused with a filland 

post-fill outlet vacuum pressure of 50 kPa as 

controlled by a vacuum regulator.  This high outlet 

pressure was selected to avoid additional degassing 

of the resin during processing.  The inlet was 

clamped at the point the resin reached the end of the 

preform.  The tool heating was commenced after 15 

minutes had elapsed during the post-fill stage. A 

cure temperature of 50±5 °C was selected for a 

curing period of 16 hours.  The heating and cooling 

rate resulting from the hot plate was 0.7±0.1 °C/min. 

Sample data from a thermocouple installed on the 

vacuum bag (and insulated using sealant tape) 

Agglomeration 

of NC 

2cm 
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during the curing stage for this setup is shown in 

Figure 3. 
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Figure 3: Sample thermocouple data from tool plate 

setup during curing stage 

To investigate the influence of the NC on 

mechanical properties, three panels measuring 150 x 

330 mm
2
 were manufactured by each of the above 

two methods. An additional six panels that did not 

incorporate NC were also manufactured for 

comparison.  For three of these panels, the preforms 

were saturated with tap water and subjected to the 

same 80 °C one hour drying and 24-hour debulk as 

the NC wet-layup technique (labelled SS (Wet) in 

Table 1). This was done to achieve the same 

lubricating and softening effect of the water so that a 

better comparison could be made with the multi-

scale composite manufactured by the wet-layup 

technique where an aqueous NC solution was spread 

on the fabrics.  The other three panels were 

compacted in a dry state (labelled SS (Dry) in Table 

1). 

Table 1: Test matrix for laminate manufacturing  

Panel mNC/mflax 

(%)* 

Method 

SS(Dry) 0 Dry flax preform 

MS(Grafted) 10 Grafted NC onto flax 

preform 

SS(Wet) 0 Wet flax preform 

MS(Wet-

layup) 

7 Wet NC layup onto flax 

preform 

* mass ratio of NC to flax fibre 

 

During the infiltration of the panels, there were clear 

differences in the flow behaviour for the different 

preparation methods.  Most striking was the 

difference in infusion time.  For the SS (Wet) 

composite, the infusion took approximately 15 

minutes whereas for the MS (Wet-layup) technique 

the infusion time took about 20 minutes for 

approximately the same porosity and ambient 

temperature.  In addition, the flow front pattern was 

much more erratic for the processes that 

incorporated NC (Figure 4).  For the MS (Grafted) 

method, there was not even a clear flow front and 

large pockets of dry spots remained unfilled when 

the resin reached the end of the preform.  These 

areas gradually filled radially until the preform was 

completely saturated. 

 

 

Figure 4: Infusion of flax fabric after MS (Wet-

layup) preparation; note the rapidly advancing flow 

front in the distribution medium indicating low in-

plane and thru-thickness permeability of the 

modified fabric 

In addition to differences during processing the final 

laminates showed distinct differences.  Most 

apparent was changes in thickness and consequently 

fibre volume fraction as calculated based on the 

areal weight of the flax fabrics (Figure 5). 
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Figure 5: Fibre volume fraction for single- and 

multi-scale nanocellulose, flax and epoxy 

composites manufactured by a modified resin 

infusion process 

It is evident from Figure 5 that the processes that 

begun with wetting of the preform with water 

reached significantly higher fibre volume fractions 

than those that were dry upon initial compaction for 

the same consolidation pressure.  The single- and 

multi-scale composites made from an initially wet 
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preform reached fibre volume fractions of 40.6±0.8 

and 39.7±1.1% respectively. In contrast, the single- 

and multi-scale composite manufactured without 

initially wetting the preform reached fibre volume 

fractions of merely 31.9±0.4 and 28.7±0.4% 

respectively. Lubrication and softening effects have 

been observed previously for cellulose-based 

reinforcements especially upon exposure to a polar 

wetting fluid [5, 6].  The reason for the lower fibre 

volume fraction achieved by the multi-scale 

(Grafted) technique compared to the single-scale 

(Dry) technique was likely due to the agglomeration 

of NC at the fabric surface and the resultant 

resistance to yarn nesting during compaction.   

 

3.  Mechanical characterization 

Subsequent to the manufacturing of the samples, 

they were subjected to a mechanical 

characterization.  Nano-modifiers such as NC can 

improve the interlaminar properties since they 

provide reinforcement in a region of the composite 

which would otherwise be devoid of fibres [2, 7-9].  

For this reason, the following properties were 

investigated; void content, interlaminar strength and 

drop-weight impact resistance.  For the purposes of 

comparing mechanical properties, the single-scale 

(Dry) properties were used as reference for the 

multi-scale (Grafted) composites and the single-

scale (Wet) case was used as reference for the multi-

scale (Wet-layup) composites. 

 

3.1 Void analysis 

In the current paper, the percentage of voids in the 

laminates was used as an indicator of the quality of 

the composite.  Void analysis was carried out by 

optical microscopy and image analysis due to the 

inappropriateness of the commonly used resin-burn 

off technique (ASTM D2734) for composites 

reinforced with cellulose-based fibres.  Samples with 

a length of 2 cm were cut with a tile saw 1 cm from 

the outlet where the highest void content was 

thought to occur due to the low resin pressures that 

occur near the outlet.  Due to the limited field of 

view of the microscope, a minimum of 60 images 

were necessary for each sample which were then 

assembled in a freeware image editing software, 

ImageJ.  Upon examination of the images, it was 

noted that the contrast of the voids with the rest of 

the composite was very low. To better distinguish 

them, they were highlighted manually and filled in 

with black pixels.  The images were then converted 

to 8-bit greyscale and a threshold function was 

applied to isolate the filled in regions whose area 

was finally measured by the software.  The results 

are summarized in Figure 6.  

 Sample cross-section Void 

% 

SS (Dry) 

 

0.7± 

0.6 

SS (Wet) 

 

0.3± 

0.3 

MS 

(Grafted) 

 

11.3

±2.7 

MS  

(Wet-

layup)  

1.0± 

0.5 

Figure 6: Cross-sections of single-scale and multi-

scale composite manufactured by resin infusion 

The microscopy results provided valuable insight 

about the consequences of the two methods explored 

to incorporate NC.  Most obvious was the difference 

in overall void content.  The grafting technique 

resulted in significant higher void content.  More 

critical was the nature of these voids.  As can be 

seen in Figure 6, the voids were both large inter-yarn 

voids and smaller elongated inter-ply voids. The 

latter void morphology was deemed most critical 

since the NC was primarily intended to improve 

interlaminar properties.   

 

The multi-scale composites produced by the wet-

layup technique, showed much more reasonable void 

contents as well as a better fibre volume fraction as 

shown in Figure 5.  Thus, the multi-scale composites 

produced by this technique were expected to result 

in superior mechanical properties compared to the 

grafted technique simply based on the quality of the 

composites.  

 

3.2 Interlaminar strength 

One of the most often studied properties that is 

known to be void sensitive is interlaminar shear 
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strength [10, 11].  Interlaminar shear strength (ILSS) 

was obtained by the short beam test carried out in 

accordance with ASTM D2344 on a MTS Insight 

load testing machine with a 5kN load cell.  Although 

this is a controversial method to obtain ILSS (due to 

the complex stress state involved) it was deemed 

appropriate for comparative purposes.  A load rate of 

0.5 mm/min was applied and the span to depth ratio 

was set to 4.  The sample geometries are given in 

Table 2.  The samples were cut on a diamond tile 

saw and the edges were sanded using 240 grit sand 

paper. 

Table 2: Measured sample geometries for short 

beam strength specimens (± standard deviation) 

Samples Thickness 

(mm) 

Width 

(mm) 

Length 

(mm) 

SS (Dry) 4.51±0.06 8.79±0.28 28.5±0.1 

MS 

(Grafted) 

5.01±0.07 9.99±0.11 30.5±0.2 

SS (Wet) 3.54±0.07 7.38±0.32 22.1±0.1 

MS 

(Wet-

layup) 

3.62±0.1 8.28±0.10 22.9±0.1 

 

This configuration resulted in a mode of failure of 

interlaminar shear for both systems as observed 

under a microscope.  The interlaminar shear strength 

was calculated from: 

wh

P
ILSS 75.0    (1)  

where P is the maximum observed load during the 

test, h is the specimen thickness at centre span and w 

is the specimen width at centre span.  The calculated 

ILSS values are summarized in Figure 7. 

0.0

5.0

10.0

15.0

20.0

25.0

30.0

35.0

40.0

45.0

50.0

0.0

5.0

10.0

15.0

20.0

25.0

SS (Dry) MS (Grafted) SS (Wet) MS (Wet-layup)

F
ib

re
 v

o
lu

m
e 

fr
ac

ti
o
n
 (

%
)

IL
S

S
 (
M

P
a)

ILSS Fibre Volume Fraction

 

Figure 7: Interlaminar shear strength for single- and 

multi-scale composite manufactured by resin 

infusion; incorporation of nanocellulose fibres did 

not lead to a increase in interlaminar shear strength 

The results indicated that the incorporation of the 

NC did not lead to an increase in interlaminar shear 

properties.  In the case of the grafted technique, it 

led to a 35% decrease in ILSS.  However, there was 

also a 10% decrease in fibre volume fraction so part 

of this decrease was likely due to this fact.  

Nonetheless, the microscopy results indicated a large 

presence of interlaminar voids for this processing 

technique which is in agreement with this large 

decrease in interlaminar properties.  Thus, the 

processing method led directly to voids and 

consequently a reduction in interlaminar properties.  

Therefore, even if the NC led to an increase in ILSS, 

the importance of proper incorporation of these 

nano-fibres to produce high quality composite parts 

cannot be underestimated.  For the case of the 

single- and multi-scale cases that began with a wet 

preform, there was not a significant difference in 

ILSS as determined from short beam strength.  

 

3.3 Drop tower impact 

Automotive applications have been sighted as a 

major market for bio-based composites due to their 

low cost and relatively good mechanical properties 

[12].  Consequently, impact properties are of 

importance.  The influence of NC on the impact 

properties was investigated in accordance with 

ASTM 7136.  Five samples were tested with a ply 

sequence of [(45/-45)/(0/90)]S and dimensions of 4.5 

x 100 x 150 mm
3
.  The same sample cutting 

procedure was used as for the short beam samples 

presented in the preceding section.  The impact 

energy was selected as 7J based on initial trials with 

spare specimens.  This corresponded to a height of 

11.6cm for the 1.6cm diameter hemispherical 

impacting head.  The total weight of the impact head 

and test frame crosshead was 6.143 kg.  The velocity 

at the point of impact was measured with an Instron 

optical gate and the force was monitored by a 22kN-

capacity Instron® force transducer.  The specimens 

were installed in the fixture outlined in ASTM 

D7136 and were impacted on the tool side.  

Representative force histories for the various 

samples are presented in Figure 8a.  The velocity, 

displacement and energy histories were then 

determined as outlined in ASTM D7136 (based on 
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the integration of the force history) and are 

presented in Figure 8.   
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Figure 8: Representative histories for drop-weight 

impact testing for single- and multi-scale composites 

manufactured from flax, epoxy and nanocellulose by 

resin infusion (a) force, (b) velocity, (c) 

displacement and (d) energy 

Figure 8 provides much insight into the extent of 

damage induced in the single- and multi-scale 

composite manufactured by the various techniques. 

The force histories revealed that the single-scale 

composites were able to carry more load before 

experiencing damage in comparison to the multi-

scale composites. The SS (Dry) and SS (Wet) 

laminates reached maximum loads of 1932±53N and 

1761±35N respectively. The reason for the higher 

load for the dry case was likely due to its larger 

thickness.  In contrast, the MS (Grafted) and MS 

(Wet-layup) reached loads of only 1450±145N and 

1507±64N. The high amount of error for the MS 

(Grafted) technique was likely due to the non-

uniformity of NC as illustrated in Figure 2. 

 

The velocity data indicated that more elastic 

recovery occurred for the single-scale composites 

and consequently a higher velocity was achieved on 

the rebound of the impacting head.  The maximum 

velocity after the rebound was over 30% higher for 

the SS (Dry) case compared to the MS (Grafted) 

case.  Similarly, the maximum velocity was over 

10% higher for the SS (Wet) case compared to the 

MS (Wet-layup) case. This higher rebound velocity 

led to a greater increase in displacement of the 

impacting head as indicated in Figure 8c.   

 

Finally, the energy absorption history indicated a 

lower amount of recovered energy (i.e. the 

difference between the peak and final energy) for the 

multi-scale composites.  As can be seen in Figure 

8d, after the impact event the recovered energy was 

almost 50% higher for the SS (Dry) case compared 

to the MS (Grafted) case.  Similarly, a decrease of 

20% was recorded for the MS (Wet-layup) case 

compared to the SS (Wet) case.  This decrease in 

energy recovery was presumably due to a greater 

dissipation of energy in damaging the multi-scale 

composites. These results imply that between the 

two methods explored for incorporating the NC, the 

wet-layup technique led to superior impact 

properties. 

 

Following the testing of the samples, the extent of 

damage was evaluated by measuring the impact dent 

depth and the maximum damage diameter (Figure 

9). 

 

(a) 

(b) 

(c) 

(d) 
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Figure 9: Dent depth and maximum dent diameters 

of single-scale and multi-scale flax, nanocellulose 

and epoxy composites after being impacted by 

1.6cm diameter hemispherical striker head with 7J 

of impact energy 

 

It can be seen from Figure 9, that the extent of the 

damage was generally greater in the case of the 

multi-scale composites as was suggested by Figure 

8.  For roughly the same fibre volume fraction, the 

depth of the dent was over twice as large for the 

multi-scale composite manufactured by the grafting 

technique.  This was likely due to the significant 

amount of interlaminar voids as observed in Figure 

6.  Similarly, a distinct increase in dent depth was 

noted for the multi-scale composite manufactured by 

the wet-layup method suggesting that the addition of 

the nano-cellulose did not contribute to an 

improvement in interlaminar properties.   

 

In terms of damage modes, cracks were observed on 

the bag-side of all samples. However, in the case of 

the multi-scale composite, there were dramatic signs 

of delamination as well (especially in the case of 

those manufactured by the grafting technique).  This 

further suggests that the NC incorporated by both 

methods led to a decrease in interlaminar properties.  

Representative damage areas for all types of samples 

are shown in Figure 10. 

 

 

 

 

 
 

  

Figure 10: Representative bag-side damage areas 

after drop-weight impact testing for single- and 

multi-scale composites manufactured from flax, 

nanocellulose and epoxy by resin infusion; (a) 

single-scale (Dry), (b) multi-scale (Grafted), (c) 

single-scale (Wet) and (d) multi-scale (Wet-layup) 

 

4.  Conclusions 

Multi-scale composites based on flax, epoxy and 

nanocellulose were developed using the resin 

infusion process.  Two methods to incorporate the 

NC were explored; a grafting technique based on a 

silane treatment and a wet-layup of aqueous NC 

solution in the resin infusion pre-filling stage.  Void 

analysis revealed that the silane-based grafting 

technique led to a high amount of interlaminar voids 

and consequently a reduction in short beam and 

drop-weight impact properties.  Conversely, the wet-

layup technique did not lead to interlaminar voids. 

However, a marked decrease in impact properties 

was still noted for this method in drop-weight 

impact tests.  Overall, the incorporation of NC by 

the studied methods did not lead to an improvement 

in interlaminar properties. This study highlights the 

link between the incorporation of nano-modifiers 

such as NC in composite manufacturing processes 

and the final quality of the composite part. 

 

 

 

 

 

(a) 
(b) 

(c) (d) 
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1 Introduction  

Hyperelastic and hypoelastic constitutive law are 
proposed to describe the mechanical behaviour of 
fibre bundles of woven composite reinforcements. 
The objective of these models is to compute the 3D 
geometry of the deformed woven unit cell of a 
composite reinforcement during a forming process. 
This geometry is important for permeability 
calculations [1] and for the mechanical behaviour of 
the composite into service. The finite element 
models of a woven unit cell can also be used as 
virtual mechanical tests. The highlight of four 
deformation modes of the fibre bundle leads to 
definition of a strain energy potential from four 
specific invariants used in a hyperelastic approach 
[2]. The parameters of the hyperelastic constitutive 
law are identified thanks to uniaxial and equibiaxial 
tensile tests on the fibre bundle and on the whole 
reinforcement. This constitutive law is then 
validated in comparison to biaxial tension and in-
plane shear tests. 
On the other hand an hypoelastic model will also be 
presented to depict the mechanical behaviour of the 
yarn. It is based on the fibre rotation. The 
compression responses of several layer stacks with 
parallel or different orientations will be analysed [3]. 
The numerical simulations show good agreement 
when compared to compaction experiments. These 
mesoscopic simulations can be used as virtual 
compression tests. In addition they determine the 
internal geometry of the reinforcement after 
compaction. There too, this internal geometry is 
important to compute the permeability of the 
deformed reinforcement and to calculate the 
homogenised mechanical properties of the final 
composite part [4]. 
Some arguments on the respective advantages and 
drawbacks of hypoelastic and hyperelastic models 
will be discussed. 
 

 
 
 
 
2. Hyperelastic model for a fibre bundle 
2.1. Transverse isotropy 

 
 

Fig. 1. Transverse isotropy of the yarn in a textile 
reinforcement. X-ray tomography imaging. 

 
The yarn is considered as a continuum. The 
homogenized material has a preferred direction 
which is the fibre one. The spatial distribution of 
fibres inside the yarn has been analysed on deformed 
cross sections [ 5]. It has been concluded that this 
distribution is isotropic in the plane. The “yarn” 
material will then be assumed to be transversely 
isotropic. 
 
2.2. Deformation modes 
 

a. b.  

c. d.  
 

Fig. 2. Deformation modes of the yarn:  
(a) Elongation (b) Compaction of the cross section 
 (c) Distortion of the section (d) Longitudinal shear. 
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Four deformation modes are considered: the 
elongation in the fibre direction, the compaction in 
the transverse section of the yarn, the distortion 
(shear) in the transverse section and the shear along 
the fibre direction (Fig. 2.). The last one 
(longitudinal shear) is a measure of the angle 
between the covariant cross section and the initial 
cross section. It is then compound of both 
longitudinal shear deformations. This deformation 
mode mainly controls the bending rigidity of the 
yarn. 

2.3 Finite displacement kinematics 

Let X  be the initial position of a material point and 

x  its position in the current configuration. χ  is the 
transformation from the initial to the current 

configuration: ( )x Xχ= . The deformation 

gradient tensor is then: 
 

 
x

F
X

∂=
∂

 (1) 

 
This tensor allows the transformation of any vector 
A  in the initial configuration into a vector a  of the 
current (deformed) configuration. The Cauchy-

Green deformation tensor 
TC F F= , from which 

the variation of the length of A  can be deduced, is 
defined as follows: 
 

 ( ) ( ) ( )2 Ta F A F A A F F A A C A= ⋅ ⋅ ⋅ = ⋅ ⋅ ⋅ = ⋅ ⋅
 (2) 
The invariants of tensor C are usually defined by: 

( )1 traceI C= , ( ) ( )( )2 2
2

1
trace trace

2
I C C= − , 

( )3 detI C=  (3) 

 
The local change of volume during deformation is 

described by the Jacobian ( )3 detJ I F= = . 

 
2.4. Hyperelastic equations 
 
In order to define a hyperelastic material, an elastic 
strain energy potential per unit volume w  must exist 
which only depends on the current strain state. As 
the behaviour is reversible, it does not dissipate 
energy and naturally fulfils the Clausius-Duhem 

inequality. These assumptions allow the constitutive 
equation of a hyperelastic material to be written as: 

 ( ) ( )
2

w F
S F

C

∂
=

∂
 (4) 

where F  is the deformation gradient tensor and S  

is the second Piola-Kirchhoff stress tensor. 
To ensure that this constitutive equation fulfils the 
principle of material frame indifference, a function 
�w of the right Cauchy Green strain tensor C  must 

exist as [6]:  
  

 � ( ) � ( ) ( )Tw F F w C w F= =  (5) 

 
Consequently, the strain energy potential can be 

defined directly, using � ( )w C . Moreover, it must 

satisfy the principle of material symmetry, i.e. the 
strain energy must be invariant under any 
transformation belonging to the symmetry group G  
of the material: 
 

 ( ) ( )Tw C w QCQ=ɶ ɶ  Q∀ ∈G  (6) 

  
The symmetry group of an isotropic material 
includes all the rotations and reflections (i.e. 

3O=G , the group of isometries of 3ℝ ). 

Consequently, the strain energy wɶ  is 
mathematically isotropic. For an anisotropic 
material, 3OG�  so wɶ  is mathematically 

anisotropic. In such a case, it has been shown [7, 8] 
that an isotropic function ̂w  exists which depends 
on the right Cauchy-Green strain tensor C  and on 

N  structural tensors 
i

G  defining the symmetry 

group, such as: 

 ( ) ( )1
ˆ , ,...,

N
w C w C G G=ɶ  (7) 

 
The representation theorems for transversely 
isotropic functions of scalars, vectors and/or 
symmetric tensor variables define a finite number of 

scalar functions ( )1,..., nI I  and a function w
⌢

 such 

as: 

 ( ) ( )11
ˆ , ,..., ,..., nN
w C G G w I I= ⌢  (8) 
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3  

Number n  depends on the number and type of 
arguments of the isotropic function under 
consideration. Finally, the strain energy function 
will be defined in the form (8). For sake of 
simplicity, it will be denoted w  in the sequel. The 
symmetry group of a transversely isotropic material 
is characterised, in the initial configuration, by an 
unit vector M  which represents the preferred 
direction. This allows the definition of a structural 
tensor M M M= ⊗ . Then, the strain energy 

potential becomes: 

 ( )1 2 3 4 5, , , ,w w I I I II II=  (9) 

 
where 1I , 2I , 3I  are the standard invariants of C  

defined in (3). 4II  and 5II  are mixed invariants 

defined from the structural tensor M  by: 

 4 :II C M=    and    
2

5 :II C M=  (10) 

 
The second Piola-Kirchhoff stress tensor is then 
defined as: 

  

31 2

1 2 3

54

4 5

2 2

∂∂ ∂∂ ∂ ∂ + + + ∂ ∂ ∂ ∂ ∂ ∂∂  = =
 ∂∂∂ ∂∂ +  ∂ ∂ ∂ ∂ 

II Iw w w

I C I C I Cw
S

IIIIw wC

II C II C

 (11) 

2.5 Constitutive equation for a yarn 
In this section, a hyperelastic model is proposed 
which describes the behaviour of the yarn in textile 
composite reinforcements. First, « physically 
based » invariants are defined which allow the 
description of the different deformation modes of the 
yarn introduced in section 2. Then, each mode will 
be associated a strain energy function from which 
the stresses in the material can be derived. 
An approach based on a decomposition of the 
deformation gradient [9] is used to determine 
physically based invariants of the transformation for 
each deformation mode of the fibre bundle. An 

orthonormal basis { }1 2, ,M N N=B  is defined 

which allows writing the components of the 
deformation gradient F  of transversely isotropic 

materials into the form: 
 

 
1 2

11

22

0 0

0 0

m m mf f f

F f

f

 
 

  =   
 
 

B
 (12) 

 
As previously mentioned, M  is a unit vector which 
direction is the preferred direction of the material 
(i.e. the direction of fibres) in the initial 
configuration. A multiplicative split of the matrix 
(12) can be made in order to separate the parts 
corresponding to each deformation mode of the 
yarn: 
 

 

11 22B

11 22

1 2

11 22

22 11

B B

B
B

1 0 00 0

0 1 0 0 0

0 0 1 0 0

1 0 0 1

0 / 0
0 1 0

0 0 / 0 0 1

          

 
  

   
 

  
    =     
     

  
  
 ×  
  
    

����������������

������������������

m

m m

m m

elong comp

dist
sh

F F

F
F

f

F f f

f f

f f

f f
f f

f f

 (13) 
where elongF , compF , distF  and shF  respectively 

describe the elongation of the yarn along the fibres 
direction, the compaction and distortion of the yarn 
in the transverse direction, and the longitudinal shear 
of the yarn. Each part of the decomposition can be 
characterized by a single quantity, except shF  which 

requires two quantities. Finally, five parameters are 
needed to describe the deformation with this 
approach: 
 

( )

11 22

2 2
1 2 1

11 22 2
2

, ,

/ , , tan

= =

+= = =

elong m comp

m m m
dist sh

m m

f f f

f f f
f f

f f

α α

α α γ

 (14) 
This is consistent with the fact that five invariants 
are needed to write the strain energy potential (9) of 
hyperelastic transversely isotropic materials. With 
these notations, the components of the 
transformation gradient can be written as: 
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( ) ( )cos sin

0 0

0 0 /

elong sh elong sh elong

comp dist

comp dist

F

α α α γ α α γ
α α

α α

 
 

  =   
 
 

B

 (15) 
The quantity γ  is a measure of the coupling 
between the two shear modes, namely distortion and 
longitudinal shear [Erreur ! Source du renvoi 
introuvable.,Erreur ! Source du renvoi 
introuvable.]. Under the uncoupling assumptions 
formulated before, the behaviour of the yarn is then 
assumed not to depend on this quantity. The 
standard invariants (9) can then be expressed as 
functions of the quantities (14). Inverting the 
obtained expressions leads to: 

 

3
4

4

2

1 4 5 1 4 5

3 4 3 4

5
2
4

, ,

1,
2 2

1

= =

 − −= + − 
 
 

= −

elong comp

dist

sh

I
I

I

I I I I I I

I I I I

I

I

α α

α

α

 (16) 

Amongst the previous quantities, only shα  vanishes 

when the material is not deformed (i.e. when 
F I= ). After normalizing the other quantities, the 

following set of invariants is defined: 

( ) 3
4

4

2

1 4 5 1 4 5

3 4 3 4

5
2
4

1 1
ln , ln ,

2 4

1
ln 1 ,

2 2 2

1

 
= =  

 

  − − = + −      

= −

elong comp

dist

sh

I
I

I

I I I I I I

I I

I

I I

I

I

I I

I  (17) 

 
These invariants are used in the sequel to define the 
strain energy functions associated to each 
deformation mode: 
 

 ( ) ( ), , ,elong comp dist shw C w I I I I=  (18) 

 

Strain energy functions associated to each 
deformation mode are then identified from simple 
experimental tests. Details are given in [2]. 
 
2.6 In-plane shear meso-scale deformation. 
 
The previous hyperelastic constitutive law is used to 
perform a in-plane shear simulation and to compare 
the results to experimental values [9-12]. 
 

 

 
 

Fig. 3. Simulation of in-plane shear at meso-scale  
 
The periodicity and boundary conditions imposed to 
the unit cell in this simulation of shear are similar to 
those described in [13]. The initial and deformed 
configurations of the unit cell are shown on Figure 
3. Two criteria are used to compare the results: one 
which allows validating the overall efforts induced 
in the unit cell and one to validate its deformed 
geometry. In order to compare the results obtained 
by different measurement devices, or to compare the 
in-plane shear behaviour of different types of 
fabrics, a quantity must be defined which 
characterize the efforts in the unit cell. Different 
quantities have been introduced in previous papers. 
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In the sequel the torque sC  per unit initial area is 

used: 

 
( )

( )2

cos

2 / 4 / 2
frame

s
fabric

L
C F

L cos

γ
π γ

=
−

 (19) 

with F  the effort measured on the frame, frameL  the 

side of the frame, fabricL  the side of the square of 

fabric inside the frame and γ  the angle variation 
between warp and weft directions (i.e. the shear 
angle).  

 

 
 
Fig. 4. a) In plane shear torque during numerical and 
experimental tests. b) Yarn broadness during 
numerical and experimental tests 
 
On the other hand, an energy-based approach allows 
the calculation of this torque per unit initial area (19) 
from the simulation: 

 s
u

W
C

S γ
=
ɺ

ɺ
              (20) 

where Wɺ  is the time-derivative of the external 
work, uS  the initial surface of the unit cell and γɺ  
the time-derivative of the shear angle. The 
comparison of the torque obtained from experiments 
and simulations is presented in Fig. 4a. On this 
figure, the shear torques computed during the 
simulation and measured during the experiment are 
close. During the preparation of shear samples for 
experiments, a slight tension of the fabric is required 
to ensure a good positioning of the fabric in the 
picture frame. This tension induces stronger 
interactions between warp and weft direction, 
leading to a shift of the first part of picture frame 
experimental curves [12, 14]. A small equibiaxial 
strain (0.15%) has been used in the simulation to 
take into account the influence of the initial tension 
of the fabric. 
 
3. Hypoelastic model for a fibre bundle 
 
3.1. Rate constitutive equations 

The rate constitutive equations (or hypo-elastic 
laws) are often used in finite element analyses at 
large strains [15-18]. User subroutines that can be 
implemented in codes such as ABAQUS to define 
the mechanical constitutive behaviour are written 

within this framework. A stress rate 
∇
σ  is related to 

the strain rate D  by a constitutive tensor C . To 

avoid rigid body rotations that can affect the stress 

state, the derivative 
∇
σ , called the objective 

derivative, is the derivative for an observer who is 
fixed with respect to the material. Because this 
requirement is not uniquely defined there are several 
objective derivatives. In this work rotational 
objective derivatives correspond to a rotation tensor 
Q  characterizing the rotation of the material. 

The rate constitutive equation has the form: 

 
∇ =σ C : D  (21)  

with   

( )T Td
. . . . . .

dt

•∇  = = + − 
 

σ Q Q σQ Q σΩ Ωσσ  (22) 

ΩΩΩΩ  is the spin corresponding to Q , i. e. 
T.= Q Q

i

ΩΩΩΩ . 

 
The most common objective derivatives are those of 
Green-Naghdi [19, 20] and Jaumann [21, 22]. In the 
case of the derivative of Green-Naghdi the rotation 
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Q  considered as that of the material is the rotation 

of the polar decomposition: 
 =Q R  (23) 

 
which is derived from the decomposition .=F R U  

of the gradient tensor with R  the polar rotation and 

U  the right stretch tensor.  

In the case of the derivative of Jaumann, Q  is 

the rotation of the corotational spinless frame:  
 
 

S
=Q R    (24) 

   
which is derived from the velocity gradient  ∇v  and 

the spin ( )T T

S S S

1
.

2
= ∇ − ∇ =

i

v v R RΩΩΩΩ . 

 
These rate constitutive equations are written in the 
current configuration though hyperelastic 
constitutive equations are generally written in the 
initial configuration. Moreover hypo-elastic 
equations are a good choice for extension to history-
dependent behaviour such as elasto-plasticity [23, 
24]. 
During a finite element analysis the rate constitutive 
equation is used to update stresses once the 
displacement field and the corresponding strain field 
have been computed over the current time 
increment. Integrating Equation 1 over a time 

increment n+1 nt = t  t∆ −  leads to the widely used 
formula of Hughes and Winget [15] for stress 
update: 
 

[ ] n 1/ 2n 1 n n 1/ 2
ii i i

n 1 n n 1/ 2

ee e e
++ +

+ +     = + ∆     σ σ C ε   

 with  [ ] n 1/ 2 n 1/ 2
i i

n 1/ 2

e e
t+ +

+ ∆ = ∆ Dεεεε  (25) 

The matrix [ ] n
ie

S  denotes the components of the 

tensor S  in the basis i j m...⊗ ⊗ ⊗e e e  at time tn. 

Voigt notation is used: the components of a second-
order tensor are arranged in a single column matrix. 

The basis vectors 
n
ie  (i = 1, 3) come from the 

transportation at time tn of the initial basis vectors 
0
ie  by the rotation Q  which defines the objective 

derivative given by Eq. 22. The frame { }n n n
1 2 3, ,e e e  

denoted { }n
ie  is called the rotated frame.  

 
3.2 Textile composite reinforcement mechanical 
behaviour 
Textile materials are made of fibres, which make 
their mechanical behaviour very specific. Relative 
sliding is possible between fibres (see Fig. 1a). The 
yarns are made of thousands of fibres and it is in 
general not possible to model each of them. The 
constitutive models that are introduced in the present 
paper are continuum models intended to describe the 
specific mechanical behaviour of the fibre bundle 
(Fig. 1). As a first step and to simplify the 
presentation a single fibre direction is considered as 
in Fig. 1. The equivalent macroscopic behaviour 
must take into account the fibrous nature of the 
material. The fibre direction stiffness dominates the 
overall stiffness. Consequently the constitutive 
tensor C  is oriented by 1f  the unit vector in the 

direction of the fibre at the considered point. 
By default in commercial codes such as ABAQUS, 
large-strain analyses are based on Green-Naghdi (or 
Jaumann) rotated frame to update the Cauchy stress 
(equation (5)) and to update the orientation of the 
constitutive tensor C . These methods are not correct 

in the case of textile material because the polar 
rotation R  (or the rotation of the spinless frame 

S
R ) is an average rotation of the material. After a 

large shear, C  is no longer oriented along the fibre 

[42]. Consequently this standard approach cannot be 
used for textile reinforcement forming analysis.  

 
3.3. Objective derivative based on the fibre 
rotation 

For fibrous material, an alternative to the 
standard Green-Naghdi or Jaumann objective 
derivatives is introduced [25]. The rate constitutive 
equation is based on the rotation of the fibre 1f : 

 φ∇ =σ C : D  (26)

   

with  ( )T Td
. . . .

dt
φ∇  =  

 
σ σΦ Φ Φ ΦΦ Φ Φ ΦΦ Φ Φ ΦΦ Φ Φ Φ   
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where ΦΦΦΦ  is the rotation of the fibre. It is shown in 

appendix B that the derivative φ∇
σ  is objective. The 

stress update  becomes: 
 

[ ] n 1/ 2n 1 n n 1/ 2
ii i i

n 1 n n 1/ 2

ff f f
++ +

+ +     = + ∆     σ σ C ε  (27) 

From the transformation gradient F  the current fibre 

direction can be determined. Assuming that the 

initial position of the fibre is 
0 0
1 1=f e : 

 
0
1

1 0
1

.

.
=

F e
f

F e
     (28)   

The other basis vectors 2f  and 3f  of the 

orthonormal frame { }if  are obtained from the 

material transformation of  
0
2e : 

 

( )
( )

0 0
1 12 2

2 0 0
1 12 2

3 1 2

. . .
 

. . .

and 

−
=

−

= ×

F e F e f f
f

F e F e f f

f f f

 (29)  

The rotation ΦΦΦΦ  from { }0
ie , the initial frame, to the 

fibre frame { }if , is derived in the following way: 

 

( ) ( )00 0 0 0 0 0
i j ji i j i i j

i
.= ⊗ = ⊗ = ⊗Φ f e f e e f e e e   

(30)   
The main interest of this approach is that the 
constitutive matrix in equation 27 appears in the 
frame of the fibre and consequently it is directly in 
its specific form corresponding to the textile material 
under consideration. 
This constitutive matrix written in the fibre frame 
can be assumed constant in some cases. Generally it 
is not; the transverse behaviour of a fibrous yarn and 
the in-plane shear stiffness of a textile reinforcement 
are strongly strain state dependent. 
When using a material user subroutine in a code 
such as ABAQUS, the strain increment ∆εεεε  is given 

at Gauss points in a frame which is not { }if  but a 

standard frame. In the case of ABAQUS/Explicit it 

is Green-Naghdi’s frame { }ie  (
0

i i.=e R e ). To use 

equation 27 it is necessary to calculate [ ]
if

∆ε  by a 

change of basis corresponding to the rotation 
T.RΦΦΦΦ , 

later denoted as ΘΘΘΘ . In the same way when the stress 

update is performed with equation 27, it is necessary 
to return the stress components at tn+1 in the code’s 
work frame using an inverse change of basis 

(corresponding to 
TΘΘΘΘ ). 

 
3.4. Numerical and experimental analysis of unit 
cells deformations 
The hypo-elastic material model based on the fibre 
rotation, introduced above, is used to simulate the 
in-plane shear of a woven unit cell. There are two 
types of objectives for such a simulation. First, the 
macroscopic shear mechanical behaviour of the 
reinforcement can be determined, which is difficult 
experimentally. The picture frame and bias-
extension tests that are used to this aim are difficult 
[11, 12]. The mesoscopic simulation can also be 
performed at the design stage of the reinforcement. 
Second, it provides local mesoscopic results such as 
yarn deformation and shape. These results are very 
important to perform flow simulation and to 
determine permeabilities of the reinforcement [26-
28]. The fabric studied in this section is a carbon 2x2 
twill. A geometric model is investigated to ensure its 
consistency, i.e. there are neither yarn penetrations 
nor unexpected voids [29]. The mesh of the yarns is 
mapped, which allows easily defining the fibre 
direction. Next, the choices of the unit cell and the 
boundary conditions have to render periodicity of 
the reinforcement. To this end the displacement field 
is split into a macroscopic average part and a local 
periodic part.  
The material parameters are determined from a 
tensile test on a single yarn for the Young modulus 
and from an inverse method with an equi-biaxial 
tension test for the other parameters. The latter 
method is useful to determine the transverse 
behaviour because it features significant transverse 
crushing of warp yarns over weft yarns. At last, the 
friction coefficient it set to 0.2, which is a usual 
value for friction between carbon fibres [30-31]. 
The calculation was run in ABAQUS/Explicit using 
a VUMAT subroutine for the material model 
introduced in section 4. The deformed cell for a 
shear angle of 40° is shown in Fig. 5. The present 
mesoscopic simulation enables the determination of 
the in-plane shear behaviour of the textile 
reinforcement: the curve of shear angle versus shear 
torque per unit initial surface is plotted in Fig. 6. The 
phenomenon of shear locking is well illustrated: 
from an angle of 30° the macroscopic shear stiffness 
of the reinforcement increases significantly due to 
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the kinematics which leads to lateral contacts and 
crushing of the yarns. This result is compared to an 
experimental bias-extension test of this woven 
reinforcement. The difference between the shear 
stiffness before and after the locking angle is less 
important in the case of the experimental results than 
in the case of the computed ones.  A possible 
explanation is that the numerical-model geometry is 
ideal (no defects) while the real geometry leads to a 
more random onset of contacts between the yarns 
throughout the fabric. On the whole, the agreement 
between the simulation and the experiments is fairly 
good. 
 
 

 
Fig. 5. Simulation of the in-plane shear  

of a twill unit cell  
 
 

 
Fig. 6. Comparison of experimental and computed 

shear curve 
 

Other mesoscopic simulations of the deformation of 
one or several unit cell are compared to experiments. 
For instance Fig. 7 and 8 show transverse 
compaction simulations with several plies with the 
same or different orientations.  
 
4. Conclusions   
Hypo-elastic and Hyper-elastic approaches has been 
presented  for large strain analysis of textile 
composite reinforcements. The hypo-elastic model is 

based on an objective derivative defined from the 
fibre rotation. The approach is simple and can be 
implemented in any commercial F.E. software. The 
proposed approach has been established in the case 
of a single fibre direction and applied to mesoscopic 
analyses. 

 

 
Fig. 7. Compaction of a tack with a central layer 

oriented at 45° 
 
 

  
 

Fig. 8. Geometry of compacted reinforcements 
Five parallel plies with nesting 

 
A hyperelastic constitutive law has been presented to 
describe the mechanical behaviour of the yarns of 
textile composite reinforcements Physically based 
invariants have been determined that highlight the 
different deformation modes identified in the yarn: 
elongation, compaction, distortion and longitudinal 
shear. A hyperelastic law has been developed based 
on these invariants: each deformation mode has been 
associated a strain energy function which allows 
describing the internal efforts in the yarn. This 
approach makes the physical meaning of the model 
appear clearly. 
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1 Introduction  
It is well known that optimization of the stress 
transfer capability of the fibre-matrix interface 
region is critical to achieving the desired mechanical 
performance in composites [1]. The ability to 
transfer stress across the interface in composites is 
often reduced to a discussion of ‘adhesion’ which is 
a simple term to describe a combination of complex 
phenomena on which there is still significant debate 
as to what it means and how to measure it. One 
generally accepted method for characterisation of 
composite interface stress transfer capability is the 
mechanically measured value of interfacial shear 
strength (IFSS). Despite the high level of attention 
commonly focused on the chemical influences, such 
as coupling agents, on the level of IFSS in 
composites, a number of authors have commented 
on the role of thermo-physical contributions to the 
stress transfer capability at the fibre-matrix interface 
[2-6]. A detailed examination of background to this 
hypothesis indicates that this should result in a 
significant inverse temperature dependence of the 
apparent IFSS. However, the accurate and 
reproducible measurement of IFSS by direct micro-
mechanical methods is a challenge to experimental 
researchers. Consequently most reported work on 
IFSS is restricted to room temperature 
characterization. Nevertheless, many composite 
applications require performance to be maintained 
across a wide temperature range and although fibre 
and polymer matrix properties as a function of 
temperature are often available there is very little 
data in the literature on the effects of temperature on 
interfacial stress transfer capability. 

 
We have recently reported the development of a 
method which allows the measurement of IFSS over 

a wide temperature range [6,7]. In this paper we 
present data obtained using the microbond test in the 
temperature controlled environment of a thermo-
mechanical analyser (TMA). IFSS in glass fibre–
polypropylene and glass fibre-epoxy systems in the 
temperature range -40°C to 150°C are presented and 
discussed. 

2 Experimental  

Boron free uncoated and γ-
aminopropyltrimethoxysilane coated E-glass fibre 
(average diameter = 17.5µm) were supplied by 
Owens Corning - Vetrotex and commercial isotactic 
homopolymer polypropylene PP 579S with melt 
flow index = 47 g/10 min at 230°C was supplied by 
SABIC-Europe. The epoxy was Araldite 506 
(DGEBA) cured with a triethylenetetramine 
(TETA), both obtained from Sigma-Aldrich UK. 
The uncoated glass fibre and unmodified 
homompolymer PP (GF-PP) were selected to 
represent glass fibre-thermoplastic composites with 
little probability of chemical bonding at the fibre-
matrix interface. The APS-sized glass fibre and 
epoxy (GF-EP) were selected to represent glass 
fibre-thermosetting composites with high potential 
for chemical bonding to exist across the resulting 
fibre-matrix interface. 
 
The reproducible preparation of microbond samples 
is critical to the outcome of the measurement and the 
avoidance of erroneous interpretation of sample 
preparation induced effects in terms of interface 
related phenomena [6-7]. The specific procedure to 
form a PP microdroplet on a glass fibre and details 
for the room temperature (“normal”) microbond test 
have been reported previously [7-9]. In the present 
work, the formation of PP microdroplets for the 
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microbond test was initially carried out in air. 
However, after the discovery that this led to 
significant oxidative-thermal degradation of the PP 
which significantly affects the value obtained for 
IFSS, subsequent sample preparation was carried out 
under the nitrogen [9]. However, this led to a very 
low yield rate for the axisymmetric droplets with 
respect to the fibre. In order to solve these problems, 
a PP fibre was tied around the glass fibre prior to 
heating so that the PP distributed symmetrically 
around the fibre during melting. A different method 
was used to form the microbond samples with 
epoxy. The resin and hardener were thoroughly 
mixed in stoichiometric proportions recommended 
by the manufacturer and degassed under a vacuum 
for 12 minutes. Epoxy droplets were then deposited 
on a single fibre using a thin wire, which had a small 
resin bead on its tip. Approximately 40 droplets 
were placed on the fibres before these samples were 
transferred into a convection oven, where they were 
heated first up to 60°C and held isothermally for 1 
hour followed by another 2 hours heating at 120°C. 
The heating rate was set to be 2°C/min. After 
heating, the samples were left in the oven to cool 
down. The full cure was examined using a DSC, 
which indicated that there was no further exothermic 
event detectable in a temperature range from 20°C 
up to 200°C for the cured epoxy and that the 
polymer glass transition temperature (Tg) occurred 
in the range 60°C<Tg<80°C.  
 
Prior to testing the microbond samples were 
examined using a Nikon Epiphot inverted 
microscope (x200 magnification) in order to 
determine the fibre diameter (Df), embedded fibre 
length (Le), and the maximum droplet diameter (Dm). 
Development of the TMA-Microbond test (TMA-
MBT) has also been previously reported [6]. Figure 
1 shows the experimental setup for the TMA-MBT. 
The droplet sits on a shearing plate, which rests on a 
stationary quartz probe. The movable probe, 
concentrically installed with the stationary probe, 
rests on the paper tab attached to the glass fibre as 
shown in Figure 1. This assembly is enclosed in the 
TMA temperature controlled programmable oven. 
The interfacial shear stress can be generated at the 
desired isothermal temperature by pulling down the 
paper tab using the movable probe. The free fibre 
length above the polymer droplet matrix was set at a 
constant value of 5 mm and the rate of fibre 

displacement was 0.1 mm/min. The load-
displacement curve from each test was recorded 
(typical example is shown in Figure 1) to obtain the 
maximum force (Fmax). This was used with the 
corresponding fibre diameter and embedded length 
to calculate the IFSS using to Equation 1.  

ef
ult LD

F
π

τ max=     (1) 

In order to fully understand and interpret the 
temperature dependence of the IFSS measured using 
the TMA-MBT test it was also necessary to carry 
out a full thermo-mechanical characterisation of the 
properties of PP and cured epoxy matrices and 
single glass fibres using dynamical mechanical 
analysis, differential scanning calorimetry and 
thermo-mechanical analysis. Dynamic mechanical 
analysis was carried out using a TA Q800 DMA 
configured for a three-point bending test with 
support span length of 50 mm and a heating rate 
3°C/min at frequency 1 Hz, oscillating amplitude 
100 µm, static pre-load 0.1 N, and force track: 
150%. The coefficient of linear thermal expansion of 
fibre [10] and matrix was measured using a TA 
Q400 TMA with heating rate 3°C/min with a 0.1 N 
static force. Differential scanning calorimetry 
studies were carried out using a TA Q2000 DSC 
with a heating/cooling rate of 10°C/min and a 5-6 
mg sample size.  
 
 

3 Results 

3.1 Temperature dependence of IFSS in GF-PP  

Results of Fmax versus embedded area obtained for 
GF-PP samples, prepared under nitrogen, using the 
“normal” and the TMA microbond test at room 
temperature are shown in Figure 2. It can be seen 
that the comparison of the two test configurations 
indicate an excellent level of reproducibility of the 
apparent IFSS of PP with bare glass fibre. The 
TMA-microbond results for Fmax versus embedded 
area obtained for this system at five different test 
temperatures in the range -40°C to 100°C are shown 
in Figure 3. Once again the data for each test 
temperature exhibit a strong linear relationship with 
a low level of scatter, high values of R2, and all 
extrapolated lines pass through the origin as 
predicted from Equation 1. 
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The results for IFSS obtained for GF-PP at five 
different test temperatures in the range -40°C to 
100°C are summarised in Figure 4 which shows the 
average values with 95% confidence limits (between 
25-45 individual measurements per temperature) of 
apparent IFSS plotted versus the testing temperature. 
It is clear from Figure 4 that the IFSS of GF-PP is 
significantly dependent on testing temperature. It is 
worth noting that the rate of change of IFSS with 
temperature is highest around room temperature 
(approximately 0.22 MPa/°C at 20°C) which is in 
the region of the glass transition temperature (Tg) of 
the PP matrix (-10 < Tg < 10°C depending on the 
preferred method for defining Tg). It is well known 
that the scatter in the measurement of IFSS using the 
microbond test can often be quite high. The results 
in Figure 4 indicate that variations of the sample test 
temperature, for instance over the length of a day or 
more extremely summer to winter comparisons, 
could contribute significantly to observed scatter in 
the results for IFSS measured in polypropylene 
matrices. 

3.2 Temperature dependence of IFSS in GF-
Epoxy  

The TMA-microbond results for Fmax versus 
embedded area obtained for the GF-EP system at 
seven different test temperatures in the range 20°C 
to 150°C are shown in Figure 5. It can be seen that 
nearly all data sets exhibit a strong linear 
relationship with a low level of scatter, high values 
of R2. In particular, the data sets obtained well above 
or below the matrix Tg show low levels of scatter 
with high levels of slope below Tg and low levels of 
slpe above Tg. However, the data set obtained at 
80°C shows a very much higher level of scatter. 
Clearly there is a large change in the magnitude of 
the IFSS around the matrix Tg and consequently it is 
not surprising that the data obtained at 80°C show 
large levels of scatter. Further examination of Figure 
5 reveals that for data sets obtained above Tg the 
extrapolated lines pass through (or close to) the 
origin as predicted from Equation 1. However, the 
data sets obtained below Tg all show extrapolated 
lines which clearly do not pass through the origin. 
We have previous observed that data sets which do 
not extrapolate through the origin are a strong 
indication of some unknown experimental parameter 

which is unaccounted for [6,7]. In this case of GF-
PP, SEM examination of post-debond samples led us 
to understand the need to avoid thermal-oxidative 
degradation of the PP during sample preparation was 
critical to obtaining reproducible results from the 
microbond test. For this reason we also undertook a 
series of SEM analyses of post-debond GF-EP 
samples tested at different temperatures. 
 
The key result from this SEM analysis is illustrated 
in Figure 6. It was found that all GF-EP samples 
tested above Tg revealed a fully debonded, relatively 
undamaged, epoxy droplet still remaining on the 
fibre. However, virtually all samples debonded 
below Tg were found to be very similar in 
appearance to the sample shown in Figure 6. It can 
be seen that a substantial fraction of the droplet 
which was close to the knife edges has not been 
debonded at the fibre-matrix interface. Instead it 
appears that the fracture has propagated into the 
matrix from the knife edges until reaching the fibre 
and then the crack has proceeded further along the 
fibre-matrix interface. Consequently, it was 
necessary to corrected the values of the embedded 
length used in Equation 1 (or to calculate embedded 
area in Figure 5) to account for the reduction in the 
actual debonded interfacial area in these samples. 
Figure 7 shows the TMA-microbond results for Fmax 
versus corrected embedded area obtained for the GF-
EP system at seven different test temperatures. It can 
be seen that all extrapolated lines now pass through 
(or close to) the origin as predicted in Equation 1 
 
 
The results for average IFSS obtained for GF-EP at  
test temperatures are summarized in Figure 3 which 
shows the average values with 95% confidence 
limits (between 10-20 individual measurements per 
temperature). It can be clearly seen that there also 
exists a significant temperature dependence of 
measured IFSS in this thermosetting system. The 
IFSS drops from 54 MPa at 20°C to just 2 MPa at 
150°C. It is noticeable that the highest rate of change 
of IFSS with temperature is also in the region of the 
glass transition temperature of the epoxy matrix with 
1.1MPa/°C at 70°C. This value is almost five times 
higher than that in GF-PP at 20°C and this clearly 
plays a role in the high degree of scatter observed in 
Figure 7 for the data obtained at 80°C. 
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4 Discussion 

Those familiar with DMA of polymers will 
recognise the similarity between the IFSS data in 
Figures 4 and 8 and the typical DMA results for the 
storage modulus of many polymers across 
temperature range which includes the polymer Tg. 
This similarity is clearly visible in Figure 9 which 
shows the results for the IFSS results from GF-PP 
and GF-EP normalised to the highest value obtained 
for each system compared to the normalised DMA 
storage modulus data obtained for each matrix 
system. The similarity in the shape of the data 
curves is striking. Indeed it is possible to explain 
some of the apparent shift in temperature between 
the IFSS and modulus data being due to the IFSS 
measurements being made isothermally in one 
instrument and the modulus data being obtain from a 
dynamic heating scan in a different instrument. 
Consequently the overlap of the two types of 
measurement may be even closer than presented in 
Figure 9. This correlation is further examined in 
Figure 10 where the normalised IFSS data is plotted 
directly against the appropriate normalised matrix 
modulus. 

 
It is relatively simple to show that an increase in 
apparent IFSS with decreasing temperature is a 
phenomenon which would be expected if 
compressive residual stresses and interfacial static 
friction play a significant role in the interfacial stress 
transfer capability in these composites [6]. If the 
temperature dependence of the fibre and matrix 
modulus and expansion coefficients is known then 
the residual compressive stress (σR) at the interface 
can be calculated from available models [2,3,11]. 
Raghava [11] proposed that the radial stresses due to 
thermal shrinkage can be calculated from 

 
( )( )

( ) ( )E   + 1  + E  V2 +  + 1 
E E T - T  - 

 = 
mmfff

mftsfm
R

νν
αα

σ  (2) 

 
where α is the thermal expansion coefficient, Ts is 
the stress free temperature, Tt is the testing 
temperature, ν is the Poisson ratio, Vf is the fibre 
volume fraction, E is the modulus and f and m are 
subscripts for the fibre and matrix respectively [11]. 
For many composite systems Ef>>Em, in which case 

Equation 2 approximates that σR scales with the 
magnitude of ∆α.∆T.Em. This could already be a 
good explanation of the general form of the 
temperature dependence of IFSS appearing to be 
remarkably similar to the temperature dependence of 
Em as seen in Figure 9.  

 
Nairn developed a more complex model [2] which 
accounted for the effects of differences in the axial 
and transverse fibre properties and Wagner and 
Nairn later expanded that model to allow for the 
presence of an intermediate interphase in the system 
[3]. The results of these models for residual stress 
are of similar magnitude when isotropic fibres such 
as glass are being considered. These models also 
predict a volume fraction dependence of the residual 
stress, however it was found that this only began to 
show any significant effects when Vf exceeded 10%. 
The average Vf for the microbond samples used to 
generate the data in Figure 8 was found to be 3%. As 
previously discussed, if the magnitude of the 
coefficient of static friction at the fibre-matrix 
interface is known then the contribution of σR to the 
apparent IFSS can be calculated using [6] 
  

)()( 0 TT Rsult σµττ +=         (3) 
 

where τ0  is the extrapolated of IFSS at the stress free 
temperature which, for the sake of simplicity, was 
assumed to be independent of temperature. There is 
very little information available on µs in the 
literature, however Schoolenberg reported a value 
for µs=0.65 in a sized glass fibre-polypropylene 
system [12]. 

 
The experimental values for GF-PP IFSS at different 
temperatures are compared with values of (τult) 
calculated using Equation 3 and various values of µs 
in Figure 11. It can be seen that the residual 
interfacial stress builds up significantly as the 
temperature is lowered. Furthermore, the 
experimental IFSS data fall well within the range of 
values of interfacial shear strength contribution for 
coefficients of static friction between 0.35-0.75 
which notably covers the value of 0.65 quoted above. 
One explanation for this range of values may be that 
µs in this system is temperature dependent [6]. 
Nevertheless, these results appear to indicate that 
approximately 70% of the value of the apparent 
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IFSS in this GF-PP system measured at room 
temperature can be attributed to residual radial 
compressive stresses at the interface. This would 
seem to be supportive of the hypothesis that the 
interface in this system is dominated by residual 
thermal stresses. 
 
The results for the IFSS of GF-EP in Figure 8 were 
also fit using Equation 1 but it was found that the 
friction model was not able to generate a reasonable 
approximation to the results for GF-EP and required 
a very high level of µs (>6) to give a comparable 
magnitude of IFSS with the measured values. It is 
perhaps not surprising to find that the residual 
frictional stress may not play such a significant role 
in the GF-EP IFSS as does in neat GF-PP. The 
former has excellent chemical compatibility, which 
may give rise to a fibre-matrix interphase with 
physiochemical properties significantly different 
from those of either constituent. In such case, 
chemical bonding may be considered as the main 
adhesion mechanism accounting for the measured 
high level of IFSS. On the other hand, for GF-PP it 
is probably mechanical interlocking and static 
friction in combination with residual thermal 
shrinkage stress that serves as the main interfacial 
stress transfer mechanism.  
 
Despite the different dominant adhesion mechanisms 
between GF-PP and GF-EP, it is still fascinating to 
observe that the IFSS obtained from these two 
systems both exhibit a strong correlation with the 
temperature dependence of the matrix modulus. It 
can be clearly seen in Figure 10 that the interfacial 
tenacity in both GF-PP and GF-Epoxy increases as 
elastic modulus of the corresponding matrix 
increases. Similar correlation between IFSS 
measured by fragmentation test and matrix modulus 
has been reported for carbon fibre-epoxy [13,14] and 
related to the change in matrix shear properties. This 
is an area that requires further investigation.  

4 Conclusions 

In order to investigate the temperature dependence 
of the interfacial properties of fibre reinforced 
composites the microbond test has been successfully 
adapted to be carried out in the temperature 
controlled environment of a thermo-mechanical 
analyser. This novel technique was applied to bare 
glass fibre-homopolymer polypropylene and APS 

sized glass fibre-epoxy respectively. Highly 
significant inverse dependence of IFSS on testing 
temperature was observed in both systems.  
 
The temperature dependence of the GF-PP IFSS was 
interpreted with the aid of a model combining static 
friction with residual radial compressive stresses at 
the interface. This analysis indicated that 
approximately 70% of the value of the apparent 
IFSS in neat GF-PP measured at room temperature 
could be attributed to residual radial compressive 
stresses at the interface. In contrast to GF-PP, it was 
found that this mechanism could not adequately 
account for the temperature dependence of IFSS in 
GF-EP.  
 
Nevertheless, the results from both thermoplastic 
and thermoset systems clearly showed that there 
existed a strong correlation between the apparent 
IFSS and matrix modulus. Based on these results it 
can be concluded that the interfacial stress transfer 
capability in both thermoplastic and thermoset 
matrix composites is highly dependent on 
temperature and that the thermo-physical 
contribution to the apparent IFSS in these systems 
can account for a significant proportion of the 
measured value. 
 
 

References 
[1] J.L. Thomason. “Glass Fibre Sizings, a review of the 

scientific literature”.  James L. Thomason, 2012.  
[2] J.A. Nairn and P. Zoller. “Matrix solidification and 

the resulting residual thermal stresses in composites”. 
J. Mater. Sci., Vol. 20, pp 355-367, 1985. 

[3] H. Wagner and J.A. Nairn. “Residual thermal stresses 
in three concentric transversely isotropic cylinders”. 
Compos Sci and Tech., Vol. 57, pp 1289-1302, 1997. 

[4] J.L Thomason. “Interfacial Strength in Thermoplastic 
Composites – At Last an Industry Friendly 
Measurement Method?”. Composites: Part A, Vol. 
33, pp 1283-1288, 2002. 

[5] J.L. Thomason. “Dependence of interfacial strength 
on the anisotropic fiber properties of jute reinforced 
composites” Polymer Composites, Vol. 31, pp 1525-
1534, 2010. 

[6] L. Yang and J.L. Thomason. “Temperature 
dependence of the interfacial shear strength in glass 
fibre-polypropylene composites”. Compos Sci and 
Tech., Vol. 71, pp 1600-1605, 2011. 

ICCM19 3312



[7] L. Yang and J.L. Thomason. “The influence of 
thermo-oxidative degradation on the measured 
interface strength of glass fibre-polypropylene”. 
Composites Pt. A: Applied Science and 
Manufacturing, Vol. 42, pp 1293-1300, 2011. 

[8] L. Yang and J.L. Thomason. “The role of residual 
thermal stress in composite interfacial strength by a 
novel single fibre technique” Proceedings of 
ECCM15, Venice, paper number 327, 2012. 

[9] L. Yang and J.L. Thomason. “The development and 
application of micromechanical techniques for 
characterising interfacial shear strength in fibre-
thermoplastic composites” Polymer Testing, Vol. 31, 
pp 895-903, 2012. 

[10] L. Yang and J.L. Thomason. “The thermal behaviour 
of glass fibre investigated by thermomechanical 

analysis” Journal of Materials Science, In Press, 
2013. 

[11] R.S. Raghava. “Thermal expansion of organic and 
inorganic composites”.  Polymer Composites. Vol. 9, 
pp 1-11, 1988. 

[12] G.E. Schoolenberg “Some wetting and adhesion 
phenomena in polypropylene composites in 
Polypropylene: structure, blends and composites”, 
edited by J. Karger-Kocsis. Chapmann and Hall, 
London, 3,1995. 

[13] V.Rao and L.T. Drzal. “The temperature dependence 
of interfacial shear strength for various polymeric 
matrices reinforced with carbon fibers”. The Journal 
of Adhesion, Vol. 37, pp 83-95, 1992. 

[14] M. Detassis, A. Pegoretti, and C. Migliaresi. “Effect 
of temperature and strain rate on interfacial shear 
stress transfer in carbon/epoxy model composites”., 
Compos Sci and Tech., Vol. 53, pp 39-46, 1995. 

 

PP droplet

fibre

shearing 
plate

fibre free 
length = 5 mm

paper tab
glue

TMA movable 
quartz probe

TMA 
stationary 

quartz probe

PP droplet

fibre

shearing 
plate

fibre free 
length = 5 mm

paper tab
glue

TMA movable 
quartz probe

TMA 
stationary 

quartz probe

PP droplet

fibre

shearing 
plate

fibre free 
length = 5 mm

paper tab
glue

TMA movable 
quartz probe

TMA 
stationary 

quartz probe
 

Fig. 1. Schematic diagram and close up photograph of the TMA-Microbond test configuration 
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Fig 2. Comparison of results of microbond testing of GF-
PP in the TMA and a “standard” testing machine 
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Fig 3. TMA-microbond peak load versus embedded area 
for GF-PP at various test temperatures 
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Fig 5. TMA-microbond peak load versus embedded area 
for GF-EP at various test temperatures  
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Fig 6. SEM micrograph showing state of epoxy microdroplet after testing below the matrix Tg   
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Fig 7. TMA-microbond peak load versus corrected 
embedded area for GF-EP testing 
 

 
Fig. 8. Temperature dependence of average IFSS for GF-
EP 
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Fig 9. Normalised IFSS and matrix DMA storage 

modulus vs temperature 
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Fig 10. Normalised IFSS vs normalised storage modulus  
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Fig. 11 GF-PP IFSS compared to calculated residual 
radial interfacial stress component 
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 1. Introduction  

Carbon nanotubes (CNTs) have attracted much 

attention because they have unique structure and 

remarkable mechanical, electrical, thermal and 

chemical properties. In particular, it has been 

believed that CNTs are ideal fillers for polymers to 

enhance their mechanical properties. Numerous 

studies have been devoted for the application of 

SWNTs and MWNTs to polymers for the last two 

decade. However, it has been said that mechanical 

properties of CNT-dispersed polymers are generally 

inferior to the theoretical predictions. 

Nowadays, processing methods to fabricate 

CNT/polymer composites with high weight fraction 

and unidirectionally aligned CNT have been 

attempted and aligned CNT / epoxy prepreg was 

successfully fabricated using hot-melt technique [1, 

2]. This method has some advantages compared with 

resin infusion and resin transfer molding, which are 

often applied for CNT composites. A prepreg is easy 

to handle and enables complex structures or 

components production. Furthermore, aligned 

CNT/epoxy prepregs are applicable to press molding 

because CNTs are not continuous fibers.  

Our previous experimental studies[2, 3] have 

reported that higher volume fraction aligned 

CNT/epoxy composites could be made and they 

showed higher young’s modulus than previous 

studies [4]. On the other hand, during the tensile 

process, some fractures such as interfacial 

debonding and multiple fracture of CNT were 

processed, especially “sword-in-sheath” fracture of 

CNT were observed at the fracture surface of the 

composites, which means that “interfacial debonding 

or slippage” between outerwall and innerwall of 

CNT has occurred. Another previous simulation [5] 

revealed the fracture process of composites, but 

“sword-in-sheath” fracture of CNT could not be 

reproduced because in the previous simulation CNT 

was modeled as 1-walled fibers. 

In this study we tried to consider the effect of 

“interfacial debonding or slippage” between 

outerwall and innerwall of CNT. First, we fabricated 

an aligned CNT/epoxy composites using hot-melt 

method and macroscopic and microscopic 

mechanical properties were evaluated. Next, 

Continuous damage mechanics (CDM) model and 

embedded process zone (EPZ) model to permit both 

interface debonding and matrix cracking were 

carried out to understand the fracture mechanisms of 

the composites. Modelling reinforcement 

mechanism of mechanical properties the carbon 

nanotube/epoxy composite including interfacial 

property and fracture property is our objectives. 

2. Experiments  

2.1 Composite Processing and Characterizations  

Horizontally aligned CNT sheets were produced 

from vertically aligned CNT arrays (forest). Inoue et 

al. established a simple and efficient synthesis 

method for producing vertically aligned long 

MWCNTs using iron chloride powders as precursor 

of a catalyst [1]. Fig.1 is SEM images of the CNT  

MICROSCOPIC PROPERTIES AND NUMERICAL 

SIMULATION OF ALIGNED CNT SHEET COMPOSITES 
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Fig.1 Drawing CNT sheet from CNT forest [3]. 

 

 
 

 
Fig.2 (a) Processing of Hot-melt method and (b) 

Aligned CNT/epoxy composites film [2]. 

 

 
Fig.3 Geometry of tensile testing specimen [3]. 

 

 

 

 

forest, and a horizontally aligned CNT sheet. The 

diameter of CNT are in the range of 30 - 70 nm, and 

length is about 1 mm. 

The procedure to fabricate CNT/epoxy prepreg is 

presented in Fig. 2(a). The B-stage cured epoxy 

resin with release paper was obtained from a 

commercial prepreg company. Detailed procedures 

and results for the fabrication of CNT composites 

have been reported by T. Ogasawara et al [2]. The 

actual composites is shown in Fig.2 (b). Polymers 

are well impregnated and CNTs are well dispersed. 

The areal weight of epoxy resin film is well 

controlled as 30 g/m
2
, and thickness is 

approximately 25 m. 

Volume fractions of CNTs were calculated by 

thermogravimetric analysis (TGA) results, following 

by these equations;  

fEpoxy

CompEpoxy

f
WW

WW
M




          (1) 

)1( f

Epoxy

CNT
f

f

f

MM

M
V








                              (2) 

where notation M, W, V,  means mass fraction, 

weight, volume fraction, density and subscript 

notation f, epoxy, comp means fiber (CNT), epoxy, 

composites. In this study CNT= 2.0 g/cm
3
 and epoxy 

=1.2 g/cm
3
 was applied. 

In order to prepare the fracture process observation 

specimen, tensile tests (Model 5966R; Instron Corp., 

USA) for various volume fractions were conducted 

to evaluate the macroscopic mechanical properties 

of the composites. Geometry and dimensions of 

tensile test specimen are shown in Fig.3. The 

longitudinal strain was measured using a non-

contacting video extensometer (AVE; Instron Corp., 

USA). 

After tensile loading, samples were carefully cut into 

a rectangular piece and set on a Transmission 

Electron Microscope (TEM) tip-on holder (EM-

02210, JEOL). Thin samples for TEM observations 

were prepared using a Focus Ion Beam milling 

machine (FIB, JEM-9320, JEOL). FIB image for 

microscopic observation sample is shown in 

Fig.4.The machined area is approximately 30 m 

width, 4 m depth, and 0.1 m thickness. In Fig.4, 

CNTs are aligned from left side to the right side. 

Nanoscopic observations of CNTs and CNT/epoxy  
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Fig.4 Specimen for internal fracture observation. 

 

interfaces were carried out using an FE-TEM (JEM-

2100F, JEOL, Japan) under the accelerated electron 

voltage of 200 kV. 

 

2.2 Numerical simulation method  

A 2-Dimentional finite element model consisting of 

eight-node elements for CNT and triangle node for 

matrix was used, as shown in Fig.5. Due to the 

limitation of our computers, five CNTs (modeled as 

2–walled fibers) at 0.05 m in diameter and 40 m 

in length are unidirectionally aligned in the matrix. 

Model size of the composites is 2.5 m in width, and 

42 m in length (tensile direction). For simplicity, 

the matrix is modeled as an isotropic elastic –plastic 

material and CNT is modeled as an isotropic elastic 

material.  

 The shape of 1-walled CNT and 2-walled CNT are 

depicted in Fig.6(a),(b). Difference of these two 

models is cohesive elements inserted between CNT 

walls (interwall). Due to the computational 

limitation, the distance between outerwall and 

interwall is set to 10 nm, which is about 30 times 

larger than that of experimental observation results.  

Potential CNT break points are positioned at several 

points along the CNT. Cohesive elements are 

inserted in the matrix, in the interface between 

matrix and CNT and in the interface between the 

walls of CNTs (for 2-walled CNT). The initiation 

and propagation of matrix cracks, interfacial 

debonding and fiber break induced by the stress 

redistribution is permitted through CDMs embedded 

 
Fig.5 Geometry and fracture functions simulated in 

this research. 

 

 
Fig.6 Numerical simulation models of (a) 1-walled 

CNT [5] and (b) 2-walled CNT used in this study. 

Thick line means the interface between CNT and 

polymer, and thick dotted line means the interface 

between CNT walls. 

 

in matrix elements and EPZs embedded at fiber 

break points and interface between CNT and 

polymer and between walls of CNT (interwall for 

the 2-walled CNT). 

For reproducing the matrix cracking, CDM model 

was applied. In this simulation, we assumed stress-

strain relationship of matrix as: 
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Fig.6 Schematic modeling of the Embedded Process 

Zone (EPZ) model. (a) Relationship between T and 

, (b) EPZ model used in this study for mode I 

(Normal direction) fracture, (c) EPZ model for mode 

II (tangential direction) fracture [6]. 
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here D is the damage parameter, y is the hydrostatic 

pressure and A, B0, B1,are fitting parameter. And it  

was assumed that matrix crack occurs at Dcr =0.9.  

Potential fiber break points are positioned at 

regular intervals  along the fiber. Each point is 

assigned failure strength consistent with a weibull 

distribution such that the cumulative failure 

probability of a fiber section of length is  
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The actual strength i for the ith fiber break point is 

chosen by selecting a random number Ri within (0,1) 

and solving Ri = Pf(i). During the simulation, if the 

axial fiber stress at the ith point reaches the assigned 

strength i then a fiber break is introduced at the ith 

point by negating the internal nodal force at the fiber 

break surface. 

 The constitutive model for any EPZ elements 

represents the cohesive bonding across the surface 

and relates the cohesive traction T across the surface 

to the surface separation , as shown in Fig. 6(a). In 

this simulation modified Dugdale model for T versus 

, as illustrated in Fig. 6(b) and (c) was adopted and 

sufficiently large penalty stiffness ki (> 1.0 × 10
9
 

(N/mm
3
)) was assumed. The maximum traction 

Ti,max and the critical energy release rate Gic for each  

mode of separation (i = I, II) are the parameters 

characterizing the present EPZ model. For simplicity 

TI,max = TII,max and GIc = GIIc were assumed. The 

complete separation condition is approximately 

equal to (because ki is very large) 

1

22
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d                             (7) 

where 

 

 








00

0

I

II

I                                           (8) 

It was simply assumed that the interface failure is 

dominated by Mode II loading, and fiber fracture is 

dominated by Mode I loading.  

The discretized form of virtual work balance 

including the CDM and EPZ is written as:  

   Lepz

t

m

t

f

t UKKK   

  dam

t

epz

t

m

t

f

ttt QQQQF      (9) 

where K and Kepz are the tangential stiffness matrices 

of fiber and matrix elements and the elements in the  

EPZ, Q and Qepz are the nodal forces corresponding  

to the element stresses and the tractions, respectively,  

and F is the externally applied nodal forces. The  

effect of matrix cracking is included in the Km and  

Qdam. In order to properly follow the physical  

sequence of possibly conflicting damage events, the  

Rmin method is used to trace the assumed relation  

between separation and traction of the elements in  

the CDM and EPZ [6]. 

The maximum tensile strain of the composites is 1 %, 

and volume fraction of CNT is about 10 %. 

Mechanical properties and fitting parameters used in 

this simulation are summarized in Table 1. 

interfacial strength between CNT walls is assumed 

as 10 MPa, which value is larger than previous 

reports [7]. This contradiction is due to the limitation 

of model size, so larger scale modeling will be 

required for conducting more accurate simulations. 
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Table 1. Parameters used for the numerical 

simulation. 

Parameters Values 

Young’s modulus of CNT 

 (GPa, assumption) 

400 [5] 

Young’s modulus of polymer 

 (GPa, experimental value) 

2.5 [2] 

Representative strength of CNT 

(GPa, assumption)  

3 [5] 

Interfacial strength between CNT 

and polymer (MPa)  

20[8] 

Interfacial strength between CNT 

walls 

 (MPa, assumption in this paper) 

 

10 

matrix damage fitting parameter A 20 

matrix damage fitting parameter B0 0 

matrix damage fitting parameter B1 20 

Initial damage parameter Dini 0.05 

 

 

3. Results and discussions  

3.1 Tensile properties and microscopic fracture 

observation results 

Young’s modulus and Ultimate tensile strength of 

the tensile tests are summarized in Fig.7(a),(b) and 

Table.2. Composites showed much higher Young’s 

modulus than that of previous studies [2, 9]. 

Fracture observation results are summarized in 

Fig.8(a) ~ (d). The fracture surface of CNT/epoxy 

composite after tensile testing is presented in Fig. 

8(a). Many pulled out CNTs are visible, and the 

length is apparently a few micrometers. Detailed 

observation revealed the sword-in-sheath fracture of 

CNTs, as shown in Fig.8(b). The results imply the 

possibility that the crack which is initiated at the 

outer wall of CNT propagates into the inner walls 

and the crack path does not exist in the parallel 

tensile direction of matrix. Transmission electron 

microscope (TEM) observations were also carried 

out for understanding the internal fracture process of 

the composites.  

Typical TEM photograph of broken or interfacial 

debonded CNTs inside the composites is depicted in 

Fig. 8(c), (d). Sword-in-sheath breakages are also 

observed inside the composites, as shown in Fig.8(c), 

which means that interfacial strength between 

outerwall and innerwall of CNT is weak. Interfacial 

debonding is also observed during the tensile 

Table. 2 Tensile properties of composites 

 (Average value [9]). 

 

Samples 

Tensile 

modulus 

(GPa) 

Tensile 

strength 

(MPa) 

Failure 

strain 

(%) 

Epoxy 2.5 62 3.8 

Comp#1 

(Vf =4.5 %) 

18.8 97.4 0.50 

Comp#2 

(Vf =8.4 %) 

32.4 129 0.40 

Comp#3 

(Vf =21.4 %) 

50.1 181 0.36 

Comp#4 

(Vf =29.6 %) 

73.4 193 0.27 

Comp#5 

(Vf =32.8 %) 

89.8 217 0.24 

 

 
 

 
Fig.7 Comparison for (a) Young’s modulus and (b) 

Ultimate tensile strength as a function of CNT 

volume fraction [4,9]. 
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Fig.8 Pictures of (a) exposed CNTs and (b) sword-

in-sheath fracture at fracture surface, (c) internal 

sword-in-sheath fracture and (d) interfacial 

debonding during the tensile process. 

 

process, as shown in Fig.8(d), but interfacial 

debonding has nothing to do with the fracture 

process of composites[3]. These results suggest the 

possibility that internal fracture and “sword-in-

sheath” fracture of the CNT is an important factor 

for understanding the fracture process of the 

composites. 

 

3.2 Numerical simulation results  

The numerical simulation results are summarized 

in Fig. 9 and Fig. 10. 

 Stress-strain behavior of 2-walled model is depicted 

in Fig.9, which behavior is similar to that of our 

previous simulation [5]. Young’s modulus of 

simulation model is Ecomp = 34.7 GPa, which value is 

almost same as one of the experimental results of 

Comp#2 [9]. 

With increasing the strain, fracture proceeded as 

follows. First, tensile breakage of CNT occurred. 

Next, because of the stress concentration matrix 

crack was propagated from the CNT broken point. 

And at last, matrix cracks coalesced of and resulted 

in final fracture, and CNT were exposed at the 

fracture surface, as shown in Fig.10(a). This fracture 

process is also same as our previous simulation [5]. 

Detailed observation at the fracture surface was 

also conducted. Fig.10(b),(c) are exposed CNTs at 

fracture surface (Fig.10(b) is at the thick circle in 

Fig.10(a) and Fig.10(c) is at the thick dotted circle in 

Fig.10(a)). “Sword-in-sheath” fracture of CNTs, as 

 
Fig.9 Stress-strain curve of simulation model (CNT 

is modeled as 2-walled fibers). Young’s modulus of 

simulation model is Ecomp =34.7 GPa. 

 

shown in Fig.10(b), and “interfacial-slipped” CNT 

were observed at fracture surface, as shown in 

Fig.10(c). 

The mechanism of sword-in-sheath fractures of 

CNT is considered as below: First, outerwall of CNT 

has broken (internal fracture occurred) because of 

stress concentration caused by interfacial slippage 

and debonding. If the crack path proceeded to 

interwall, so-called "interwall slippage" has occurred 

and next stress concentration has taken place around 

the broken point. Finally, stress concentration 

resulted in the innerwall fracture, especially near the 

outerwall broken point, which led to the "sword-in-

sheath" fracture, as shown in Fig.10(b), and matrix 

crack propagation also led the interfacial slippage to 

the CNT which hasn’t been fractured, as shown in 

Fig.10(c). Unfortunately we couldn’t experimentally 

distinguish these two types of sword-in-sheath 

fracture type of CNT, but these phenomena are in 

good agreement with experimental results, as shown 

in Fig. 8(b),(c). And this numerical simulation 

revealed that outerwall breakage, interwall 

debonding or slippage, innerwall breakage of CNT 

are especially important factors to understand the 

fracture mechanism of the composites. 

 

4. Conclusions  

The experimental and numerical simulation results 

for fracture processes of aligned multi-wall carbon 

nanotube (MWNT) / epoxy composites were 

presented in this paper. Aligned multi-walled carbon 

nanotubes /epoxy composites were fabricated using 

a hot-melt prepreg method.  
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Fig.10 Fracture process of numerical simulation (a) 

after fracture, (b) sword-in-sheath fracture occurred 

at fracture surface at thick circle in Fig.10 (a), (c) 

interfacial slippage at dotted circle in Fig.10(a) 

(Unit: mm).  

Tensile tests of composites and microscopic 

observations at the fracture surfaces were conducted 

to evaluate the mechanical properties and 

microscopic fracture process of the composites. 

Numerical simulation based on continuous damage 

mechanics (CDM) model and embedded-process-

zone (EPZ) model to permit both interface 

debonding and matrix/CNT cracking was carried out 

to understand the fracture process of the composites.  

Composites showed much higher Young's modulus 

than that of reported by other researchers. Detailed 

microscopic observations were conducted which 

revealed a lot of sword-in-sheath pulled-out CNTs 

(CNT exposure). Numerical simulation revealed that 

CNT fracture inside the composite and debonding 

between CNT walls are important for understanding 

fracture mechanism of the composites. 

Our next research is elucidating the effect of 

toughening by CNTs' three-dimensional alignment, 

and simulations of large-scale models including 

more CNT wall effects for reproducing detailed 

sword-in-sheath breakages. 

 

5. Acknowledgements  

This study was supported by the Japan Society for 

the Promotion of Science (JSPS, 24･5047) and the 

Japan Science and Technology Agency through 

Advanced Low Carbon Technology Research and 

Development Program (ALCA).  

 

References  

[1] Y. Inoue, K. Kakihata, Y. Hirono, T. Horie, A. 

Ishida, H. Mimura, Appl. Phys. Lett. 92 (2008) 

213113. 

[2] T. Ogasawara, S. Y. Moon, Y. Inoue, Y. 

Shimamura, Comp. Sci. Technol 71 (2011), 1826-

1833.  

[3] T. Tsuda, T. Ogasawara, S. Y. Moon, K. 

Nakamoto, Y. Shimamura, Y. Inoue, N. Takeda, 

Proc. 4th Japan Conference on Composite Materials 

(2013) 2A03 (in Japanese). 

[4] F. Deng, T. Ogasawara. N. Takeda, Comp. Sci. 

Technol. 67 (2007) 2959-2964. 

[5] T. Tsuda, M. Nishikawa, T. Ogasawara, K. 

Nakamoto, Y. Shimamura, Y. Inoue, N. Takeda, 

Proc. Interface 21th (2012) OR39. 

[6] M. Nishikawa, T. Okabe, N. Takeda, Modelling 

Simul. The Japan society of mechanical engineers A. 

ICCM19 3323



75 (2009) 287-295 (in Japanese).  

[7] R. S. Ruoff , D. Qian , W. Liu, C. R. Physique 4 

(2003) 993-1008. 

[8] T. Tsuda, T. Ogasawara, N. Takeda, Proc. 18th 

International conference on composites materials, F-

25-4-AF1210 (2011).  

[9] K. Nakamoto, T. Ogasawara, T. Tsuda, Y. 

Shimamura, Y. Inoue, T. Ogawa, Proc. 3rd Japan 

Conference on Composite Materials (2011) 442-445 

(in Japanese). 

ICCM19 3324



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction  
 
Two kinds of nanosilica particles, colloidal and 
pyrogenic ones, were employed to prepare 
transparent polymeric coatings. We systematically 
studied their erosive and abrasive wear behaviors 
performed at different test conditions; the worn 
surfaces of the nanocoatings were examined, and 
wear mechanisms were discussed subsequently. 

 

2 Experimental 

2.1 Coating preparation 

The coating preparation was described in detail in 
our former work [1,2]. Briefly speaking, the 
colloidal nanosilica sol (‘C150’, mean particle size = 
20 nm) and the pyrogenic nanosilica particles 
(‘R7200’, mean particle size = 12 nm) were supplied 
by Evonik Degussa GmbH. The pyrogenic 
nanosilica particles R7200 were mechanically 
dispersed in the TMPTA using a high-speed 
dissolver and a three-roll mill machine to prepare 
masterbatch. Then the C150 and the masterbatch 
were thinned down by proper amount of hexa-
functional aliphatic urethane–acrylate (UA) 
oligomer (‘Ebecryl 1290’), TMPTA and 
photoinitiator to gain dispersions with varying 
nanoparticle contents. The dispersions were spin-
coated onto polycarbonate substrates and then cured 
by ultraviolet rays. 
 

2.2 Erosive test 

Erosive tests were performed at room temperature 
by using a sand-blasting machine ST 800J (Paul 
Auer GmbH). Under compressed air, the erodent 
particles left the nozzle and struck against the 
coating sample. The distance between coating 
sample and nozzle was set to be 160 mm, and the 
diameter of eroded area was 20 mm. Sharp-edged 
and round steel erodent particles were used. 
 

2.3 Abrasion test 

The abrasive wear behavior of the coating samples 
was evaluated by a Taber Abraser (Taber 5155). The 
abrasion test typically involved a normal load of 9.8 
N, a rotation speed of 60 rpm (according to ASTM 
D4060-95). To apply different abrasive conditions 
during each test, the abrasion wheels were covered 
with different grit sandpapers (360, 800 and 1000 
grit). 
 

3 Results and discussion  

3.1 Nanosilica particle dispersion state in the 
polymeric matrix 

The dispersion states of colloidal and pyrogenic 
nanosilica particles in the polymeric coatings are 
revealed from TEM micrographs. The colloidal 
nanosilica particles are around 20 nm in diameter 
with narrow particle size distribution, while the 
pyrogenic ones present some aggregates with 
dimensions ranging from 30 to 200 nm. 
 

3.2 Erosive resistance of nanocomposite coatings 

The effect of nanosilica type on the erosive behavior 
of the coating samples is evaluated and shown in 
Fig.1. In general, when using the sharp-edged 
erodent, the nanosilica type has little influence on 
the mass loss of the coating samples, whereas when 
using the round erodent, the pyrogenic nanosilica 
particles offer the coating much better erosion 
resistance than the colloidal ones, especially when 
the coatings are tested at higher impingement angles. 
It is evident that the effect of nanoparticle type on 
the erosion wear resistance highly relies on the type 
of the erodent; the nanoparticle type plays only a 
minor role in determination of the erosion wear 
resistance at the harsh erosion testing condition 
(using the sharp-edged erodent). 
The SEM micrographs of worn surfaces of 
nanocoatings when using round erodent are 
displayed in Fig.2. Surface fatigue was occurred 
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under the repeated impact of the round erodent; 
moreover, the worn surface is relatively smooth for 
the pyrogenic coating than for the colloidal one.  

3.3 Abrasive resistance of nanocomposite coating 

With changing of the sandpaper grit from 360 to 
1000, the specific wear rates of these two coating 
samples (both colloidal and pyrogenic) are examined. 
Fig. 3 shows that the specific wear rates of coatings 
dramatically decrease with increasing of 
nanoparticle contents, regardless of the nanosilica 
particle type. Additionally, the R7200 pyrogenic 
nanocoatings show superior abrasive wear resistance 
than the colloidal ones at the same content. 
Worn surfaces were studied using a SEM to give an 
insight into the abrasive wear mechanisms about the 
nanocoatings. Fig. 4a shows that neat polymeric 
coating tends to produce coarse worn surface with 
numerous polymer fractures, ploughed furrows and 
debris probably due to the micro-cutting and micro-
polowing actions of the hard abrasive particles. 
Comparatively, in the cases of nanocoatings in Fig. 
4b-c, the polymer fracture phenomenon occurred not 
so serious. They present only some cracks and small 
debris, which are formed likely due to micro-
cracking and fatigue of the surface. 

3.4 Micro structures of pyrogenic nanosilica 
particles 

From the aforementioned results, the pyrogenic 
coating samples show better surface fatigue 
resistance and higher erosive, abrasive wear 
resistance than colloidal ones. As the colloidal 
nanocoatings possess better dispersion state, we find 
that the superior wear resistance of the pyrogenic 
ones was attributed to the floc-like micro structures 
of the pyrogenic nanoparticles in the matrix which is 
beneficial for the nanoparticle-matrix interaction. 

 

 
Fig.1. Mass loss as a function of impingement angle 

when the nanosilica particle content set as 10 
wt%: (a) using sharp-edged erodent, (b) using 
round erodent. 

 
Fig.2. SEM micrographs of the worn surfaces of 

nanocoatings when using round erodent: (a) with 
10 wt% colloidal nanosilica particles, (b) with 
10 wt% pyrogenic nanosilica particles. 

 
Fig.3. Specific wear rate of the colloidal and 
pyrogenic coating samples as a function of the 
nanosilica particle content under counterpart of (a) 
360, (b) 800 and (c) 1000 grit sandpaper. 

 
Fig.4. The SEM micrographs of the worn surfaces of 
coating samples after the abrasion tests with 
counterpart of 360 grit sandpaper: (a) neat coating, 
coatings with (b) 25 wt% colloidal nanosilica and (c) 
20 wt% pyrogenic R7200 nanosilica particles. 
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1 Introduction  

Composite materials are extensively used in civil 
industry to produce relatively light-weight structures 
that are able to withstand large in-service loads [1]. 
A major challenge in the manufacturing of 
composite parts is to avoid that excessive residual 
stresses would appear. Such stresses can cause 
visible distortion of the structure and lead to 
premature failure. Residual strains may indeed 
initiate matrix cracking and delamination which 
results in a decreased strength of the complete 
composite structure. Many phenomena have been 
identified to be responsible for the creation of 
residual strains. The most important are: (i) chemical 
shrinkage of the matrix and (ii) mismatch between 
the thermal expansion coefficients of the constituent 
materials. These mechanisms induce the appearance 
of inter-laminar and intra-laminar residual strains. 
The manufacturing of a composite part with 
adequate quality thus requires to avoid the 
development of residual strains and distortions or at 
least to minimize their formation. However, only a 
few measurement techniques are available for in-situ 
monitoring of residual strain inside composite 
materials and most of these are not truly adequate. 
Therefore, there is a growing need for developing 
sensors which can straightforwardly monitor the 

development of internal strain during the cure 
process of composite materials. 
Different techniques, including optical fiber sensor 
based methods, have already been proposed to 
monitor the strain in carbon fiber-reinforced 
polymer (CFRP) materials. Fiber Bragg grating 
(FBGs) based optical fiber sensors have for example 
proven their ability to measure the strain and the 
temperature within composite materials and hence 
they can be considered for measuring the build-up of 
residual strains during the cure cycle. 
The main advantage of the use of FBG-based 
sensors comes from their small dimensions (the 
silica fiber diameter is generally around 125 µm) 
which enables them to be embedded inside 
composite materials with minimal distortion of the 
composite structure [2].  
The majority of FBG-based sensors are fabricated in 
conventional step-index optical fibers. They have 
been used essentially to measure longitudinal strain 
(i.e. strain along the fiber axis) and temperature by 
monitoring the shift of the Bragg wavelength [3], 
[4]. However since those FBGs feature a significant 
cross-sensitivity between strain and temperature, the 
effect of temperature changes needs to be corrected 
for [5]. Furthermore during the composite material 
cure cycle, large temperature gradients arise and 
therefore knowing the temperature at the exact 
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location of the FBG sensor is rather complicated to 
achieve with classical thermocouples. To cope with 
this problem, one approach is to use an extra 
reference FBG that is embedded in the material 
without being exposed to strain and that only serves 
for recording the effect of temperature variations. 
The use of an FBG inserted in a capillary which 
isolates it from the strain field present in the material 
has been demonstrated in [6], [7]. Additionally, 
measurements based on recording the shift of the 
Bragg wavelength of FBG-based sensors written in 
conventional step-index fibers only allow 
quantifying the longitudinal strain whereas during 
the cure cycle of CFRP materials residual strain 
development is triggered by thermal strain induced 
in all three directions. The possibility to measure 
multi-axial strain in a host material with embedded 
FBGs has nevertheless been considered in several 
studies [8], [9]. These studies essentially relied on 
embedded FBGs written in highly birefringent 
fibers, for which the FBG reflection spectrum 
consists of two peaks, with each peak corresponding 
to one of the two orthogonally polarized modes 
propagating through the fiber. Therefore, in the case 
of these FBG-based sensors, the effective transverse 
strain applied to the fiber corresponds to the 
difference between the strain along the fast and slow 
axis of the fiber [10]. Yet in these sensors initial 
birefringence is present due to the difference 
between the thermal expansion coefficient of regular 
silica and that of doped silica used to create stress-
applying regions in the fiber cladding. Therefore the 
sensor response is very sensitive to temperature 
variations and the use of temperature compensation 
systems remains mandatory. 
Ideally one needs to be able to measure the residual 
strain arising during the composite material cure 
cycle in-situ, with sensors that can distinguish 
between the strains in the longitudinal and transverse 
directions and that can operate in a temperature 
independent manner. Developing such sensors is 
precisely our objective. 
In this work and to cope with the issues mentioned 
above, we report on the use of a particular type of 
highly birefringent microstructured optical fiber 
(MOF) to study the cure cycle of a CFRP material 
produced by a vacuum bagging autoclave technique. 
This MOF has been designed so as to feature a much 
larger sensitivity to transverse strain than 
conventional birefringent fibers [11], [12]. 

Furthermore, the MOF features a very low 
sensitivity of its phase modal birefringence to 
temperature [13].  
In Section 2 of this article, we present the design of 
our MOF and the specific characteristics of an FBG 
written in its core. In Section 3, we demonstrate the 
possibility to integrate this particular MOF inside a 
carbon/epoxy material and we calibrate the sensor 
response to axial and to transverse loads. Section 4 
reports on the use of such MOF in combination with 
FBGs in regular single mode fibers to monitor the 
manufacturing process of a composite structure in 
order to obtain insight on the cure cycle that would 
be difficult to detect with any other sensor 
technology. To close this manuscript we conclude 
on the potential of this MOF based sensor in the 
field of cure cycle monitoring.  
 

2 Fiber Bragg grating in highly birefringent 
microstructured optical fiber 

A microstructured optical fiber (MOF) is an optical 
fiber that has a regular pattern of air holes running 
parallel to the fiber axis and along its entire length 
[14]. This type of optical fiber can be optimized for 
a large range of applications by tailoring the number, 
the size and the positions of the air holes that form 
the light confining microstructure around the fiber 
core [15], [16]. Illuminating the fiber core with an 
interference pattern of UV light induces a permanent 
refractive index change in the core of the fiber with 
a period equal to that of the interference pattern. The 
resulting FBG acts as a wavelength selective micro-
mirror that reflects light at a wavelength that is 
proportional to twice the period of the index 
variations [17]. The main advantage of FBGs for 
sensing applications is that these devices perform a 
direct transformation of the sensed parameter to 

Fig. 1. SEM image of the cross-section of the MOF 
under study. 
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optical wavelength, independent of the optical power 
level, of connector or fiber losses, or of other FBGs 
at different wavelengths. The fabrication of FBGs in 
the core of such fibers has been reported several 
times [18], [19], [20], [21]. It relies on the 
photosensitivity of the glass with which the core 
region of the fiber is fabricated. The cross-section of 
the MOF employed in this work is shown in Fig. 1. 
The core of this MOF has a GeO2-doped inclusion 
that allows for the inscription of FBGs with 
conventional ultraviolet inscription techniques. 
Because of the birefringence of the fiber an FBG 
written in the fiber core will reflect two Bragg 
wavelengths λB1 and λB2, one for each orthogonally 
polarized mode. The spectral distance between these 
two peaks is called the ‘peak separation’ ∆λ and is 
given by Λ⋅⋅=λ∆ B2  with B the phase modal 
birefringence and Λ the grating period. This MOF 
has been designed such that its phase modal 
birefringence exhibits a high sensitivity to transverse 
strain (ten times larger than that reported for 
conventional highly birefringent fiber [11]) whilst 
being (almost) insensitive to temperature changes 
[13], [22]. 

This low thermal response stems from the origin of 
the modal birefringence which is mainly due to 
waveguide birefringence. The high hydrostatic 
pressure and transverse strain sensitivities of the 
proposed MOF are linked to the mechanical 
asymmetry of the microstructured region, which 
generates a large difference in the normal stress 
components in the fiber core. As illustrated in Fig. 2 
with results of finite-element simulations performed 
with the commercially available software Comsol 
Multiphysics® [23], the specific air-hole 

microstructure allows transferring externally applied 
stress to the core region along one of the fiber 
symmetry axes. This enhances the sensitivity of the 
fiber to pressure and to transverse load. The 
waveguide properties of this MOF are fully detailed 
in [13]. Moreover, we demonstrated in [11] that the 
sensitivity of an FBG inscribed in the core region 
depends on the direction of the load with respect to 
the angular orientation of the microstructure. The 
sensor response is the largest when the load is 
applied along the slow axis of the fiber (cf. Fig. 1). 
This corresponds to the orientation for which the 
directions of the fundamental optical axes are 
aligned with the directions of the principal stresses. 
In the next sections and in order to sense the out-of-
plane strain in composite materials, the MOFs are 
embedded with the fast axis aligned with the plane 
of the composite layer. 
Fig. 3 shows an example of a reflection spectrum of 
an FBG inscribed in the core of the proposed MOF. 
This reflection spectrum has been measured with a 
commercially available FBG-interrogator that has a 
wavelength measurement resolution of 1 pm from 
FBGS International [24]. The initial peak separation 
of the grating inscribed in the proposed MOF is 
about 1.45 nm at λ = 1557 nm which leads to an 
initial modal birefringence of about 1.37 x 10-3. By 
measuring the changes of the peak separation one 
can perform temperature insensitive transverse strain 
measurements. 
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Fig. 3. Reflection spectrum of a FBG in the core 
region of our MOF. The peak separation ∆λ is 
indicated on the graph. 

 
Fig. 2. Stress distribution in the cross-section of the 
MOF when a hydrostatic pressure of 10 MPa is 
applied to the outer diameter of the fiber cladding. 
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3 Calibration of the embedded FBGs in 
carbon/epoxy materials to axial and transverse 
loads 

The highly birefringent MOFs described in the 
previous section have been embedded at mid-
thickness of a symmetric laminate lay-up ([90,0]2S) 
with a total thickness of 2.56 mm (prepreg material 
M10T300 provided by Hexcel [25]) and their 
response has been monitored for axial and transverse 
loads. A schematic of the carbon/epoxy coupon is 
presented in Fig. 4. The composite laminates have 
been processed in an autoclave using the vacuum 
bagging technique [1]. The optical fibers are placed 
in between the two middle 0° layers, in the same 
direction as the carbon fibers to reduce the eventual 
distortion and non-uniformity of the composite 
structure in the neighboring of the optical fiber. 

 

3.1 Calibration of the embedded FBGs to axial 
loading 

First, the carbon/epoxy coupons have been subjected 
to axial load (along direction 1 in Fig. 1) to 
investigate the response of the embedded FBGs. The 
specimens have been tensile tested on an INSTRON 
8801 machine at a cross-head displacement speed of 
0.1 mm/min up to a maximum tensile strain of 1500 
µε. An extensometer placed onto the sample at the 
exact location of the embedded FBGs has recorded 
the elongation of the composite material at the 
sensors’ position. The sensor response to axial strain 
(cf. Fig. 5) is linear and its sensitivity has been 
calculated to be -0.031 pm/µε. Since the peak 
separation is sensitive to the difference of strain in 
the fiber core along the slow and fast axes (which 
are aligned with the out-of-plane and in-plane 
directions respectively), the shift of peak separation 

is due to the contraction in the out-of-plane direction 
of the cross-ply laminate (as given by Poisson’s 
ratio). 

 

3.2 Calibration of the FBGs through the 
thickness direction 

We evaluated the response of the embedded FBGs to 
transverse load (along direction 3 in Fig. 4) by 
compressing the coupons between two metal blocks 
on an INSTRON 5800R machine at a cross-head 
displacement speed of 0.02 mm/min. The transverse 
strain applied to the composite coupon is estimated 
from the load applied to the sample, the contact 
surface between the sample and the metal blocks and 
the material parameters of the CFRP [25], [26]. The 
samples have been loaded up to a maximum value of 

 

Fig. 6. Change of the peak separation ∆λ with 
transverse strain. 
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Fig. 4. Schematic of a carbon/epoxy coupon with 
an embedded FBG. The coordinate system of the 
laminate, the stacking sequence and the 
dimensions of the specimen are indicated. 
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Fig. 5. Change of the peak separation ∆λ with 
axial strain 
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approximately 5.5 kN. The sensitivity of the peak 
separation to transverse strain is linear and reaches a 
value of -0.17 pm/µε as shown in Fig. 6. 

Finally, the calibration performed on the embedded 
FBGs shows that any changes in the peak separation 
would essentially be due to transverse effects. 
Therefore, the transverse strain acting on the fiber 
can be quantified from the value of the sensor 
sensitivity to transverse strain previously calculated 
and from the change in peak separation of the MOF.  
In the next section, we investigate the possibility to 
exploit these specific characteristics to monitor the 
cure cycle of carbon/epoxy material. 
 
4 Cure cycle monitoring of carbon/epoxy 
material with FBG-based sensors 

4.1 Experimental set-up  

A network of FBG-based sensors has been 
embedded inside of a carbon/epoxy plate of 230 x 
640 mm² (M10T300 from Hexcel [25]) and the 
response of the sensors has been monitored during 
the complete cure cycle. Fig. 7 shows the schematic 
of the composite specimen with the positions of the 
different sensors. The composite part is made of 
three main zones with different thicknesses: (i) the 
‘current zone’ has a quasi-isotropic lay-up of 20 
plies [0/45/0/-45/0/45/0/-45/0/90]s, (ii) the ‘thick 
zone’ is composed of 36 plies with lay-up [0/45/0/-
45/0/45/0/-45/0/90/0/45/0/-45/0/45/0/-45]s and (iii) 
the ‘drop-off zones’ which are built with a 2.5 mm 
single layer step from the 11th ply to the 26th ply. 
This type of structure is representative for design 
singularities currently found in the field of 
aeronautics.  
The location of the FBGs has been chosen such that 
the development of the residual strain is monitored 
at different locations of the composite sample 
(regions with different lay-up and thickness). The 
MOF has been embedded at mid-thickness of the 
‘current zone’ in Fig.. The angular orientation of the 
embedded MOF is the same as in the previous 
section, i.e. with the slow axis (cf. Fig. 1) aligned 
with the out-of-plane direction of the laminate 
sample. Three FBGs written in a regular optical fiber 
at different wavelengths have been embedded along 
the 1-direction of the sample; the FBGs have been 
placed respectively in the current zone, in the drop-
off and in the thick zone. These FBGs have been 

encapsulated within silica capillaries in order to 
shield them from transverse strain and so that they 
are only exposed to temperature effects and to 
longitudinal strain. The composite specimen has also 
been instrumented with several thermocouples 
which are either embedded in the composite 
structure or surface mounted at several locations 
close to the FBGs. More information on the 
composite sample lay-up and on supplementary 
instrumentation with flexible ultrasonic transducers 
can be found in [27]. In the current study, we rely on 
the MOFs to assess the transverse strain components 
and on the FBGs protected from the transverse 
effects to identify the longitudinal strain built-up 
during the cure cycle. 
The composite coupon has been manufactured with 
the vacuum bagging technique in an autoclave. The 
responses of the different sensors and of the 
thermocouples have been recorded during the entire 
cure cycle.  
 

4.2 Results of the composite cure cycle monitored 
with FBG-based optical sensors 

The entire manufacturing process has been 
monitored by following the Bragg wavelength 
changes of the regular FBGs in capillaries and the 
peak separation changes of the gratings in our MOF. 
Fig presents the changes in the peak separation 
during the cure cycle together with the temperature 
variation recorded by a thermocouple placed in close 
vicinity with the MOF sensor (TC6 as presented in 

 
Fig. 7. Schematic of the optical fiber network 
embedded in the composite specimen. The 
coordinate system of the laminate is indicated. 
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Fig. 7). Fig. 8 evidences a first drop of the peak 
separation (part B) which can be correlated with the 
polymerization of the sample. The cooling phase 
(part D) features a large decrease of the peak 
separation associated to the build-up of residual 
strains during the consolidation phase. This graph 
shows that we can distinguish between two stages in 
the cure cycle: a first stage up to approximately 100 
minutes, during which the resin becomes fluid and 
the composite material is not yet formed; and a 
second stage, after 100 minutes until the end of the 
cycle, during which one can consider that the 
composite material has been created. 
The reflection spectra of the MOF gratings have 
been recorded at several times during the cure cycle, 
as indicated in Fig. 8, in order to verify that the 
spectra were not deformed during the cycle. Fig. 9 
shows these spectra: we do not detect any 
deformation which means that the strain state around 
the MOF is homogenous and that the measurements 
performed with the FBGs are reliable.  
Since the phase modal birefringence of the MOF is 
inherently insensitive to temperature as explained in 
Section 2, the changes in peak separation are due to 
thermally induced transverse strain coming from the 
modification of the strain state in the composite 
sample during the cure cycle. Even though the load 
during the calibration (Section 3.2) differs from that 

created by the cure cycle, an estimation of the 
transverse residual strain developed in the CFRP 
structure during the manufacturing can be assessed. 
This needs to be done with caution though, since in 
the calibration test of Section 3.2, the MOF was 
compressed along direction 3 while during the cure 
cycle, the MOF is compressed in all directions. The 
peak separation of the MOF grating depends on the 
difference between the transverse in-plane strain 
(direction 1 in the schematic presented in Fig.) and 
the transverse out-of-plane strain (through the 
thickness). In the composite structure under test, the 
MOF is embedded in a quasi-isotropic lay-up and 
therefore we expect that the in-plane strain will be 
low in comparison with those through the thickness. 
Furthermore, the MOF has been embedded in the 
composite structure with a particular orientation 
such that the fiber slow axis (which is the most 
sensitive axis of the fiber) is aligned with the 
direction of the out-of-plane strain. Moreover the 
fast axis, which is about five times less sensitive 
[11], is aligned with the in-plane strain direction. 
We can therefore make the assumption that the 
strain arising through the thickness is mainly 
responsible for any changes in the peak separation of 
the MOF grating. Hence and according to the sensor 
calibration performed in Section 3.2, the strain 
through the thickness can be linked to the changes in 
the peak separation measured by the MOF sensor. 
In region B indicated in Fig, the drop of the peak 
separation is about 22 pm which corresponds to a 

Fig. 8. Changes in the temperature and in the peak 
separation ∆λ during the entire cure cycle. The 
temperature profile is recorded with thermocouple 
TC6. [The numbered grey circles drawn on the 
temperature profile correspond to the cycle times 
at which the spectra shown in Fig. 9 have been 
recorded]. 
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Fig. 9. Spectra of the MOF gratings recorded at 
different times during the cure cycle. [The figures 
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compressive transverse strain of ~ -130 µε. In region 
C, the sensor signal is almost constant meaning that 
no transverse strain is measured by the MOF sensor. 
One can therefore reasonably assume that the cure 
reaction has been completed and that the composite 
material is formed. The cooling down to room 
temperature (part D) is associated with a large 
decrease of the MOF signal and thus with the 
development of substantial transverse residual 
strains in the composite material. The large decrease 
of the peak separation (275 pm) results in a 
transverse strain of ~ -1620 µε. 
In order to check the transverse strain values 
previously calculated from the MOF signal, we 
estimated the coefficient of thermal expansion in the 
direction through the thickness of the composite 
specimen. Taking into account the temperature 
variation during the last cure cycle step (part D), we 
obtained a value of the coefficient of thermal 
expansion to be 3.0×10-5/°C which is very close to 
the indexed coefficient of thermal expansion for this 
material equal to 2.5×10-5/°C. The values given here 
are only a first approximation. The confidence 
interval for the calculated values is not yet assessed.  
We also calculated the axial strain from the 
encapsulated FBGs embedded in the 1-direction of 
the composite plate. The wavelength shifts of these 
gratings have been corrected for temperature 
variations according to the method described in [28]. 
From that measurement and according to our 
calculations, the axial strain is about 130 µε which is 
less than 10 times lower than the residual strain 
developed in the transverse (in part D). This 
confirms our initial assumption that the transverse 
residual strains in such a thick composite structure 
are dominant. 
 

5 Conclusion 

In this paper, we have shown that it is possible to 
efficiently integrate fiber Bragg grating based 
sensors in CFRP to monitor their manufacturing 
process. For this purpose, we used a highly 
birefringent microstructured optical fiber 
specifically designed to feature an enhanced 
sensitivity to transverse strain. From the calibration 
of the embedded sensors to axial and transverse 
loads, we could show that their response mainly 
depends on the transverse strain applied on the 

sensors. Finally we have shown that this 
microstructured fiber based sensor can be used to 
monitor the entire cure cycle of a CFRP structure. 
The sensor allows assessing the onset of 
polymerization and quantifying the internal residual 
strain in the composite material that was created as a 
result of the fabrication process. 
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1 Introduction  

This paper presents measurements of the springback 
angle of a C/PPS composite plate with single 
curvature with the use of optical FBG sensors. 
Springback is an angular change caused by residual 
stresses set in the composite during curing in a 
closed form. The analytical model was written in 
Matlab code and then transformed into Java, where 
software with a GUI was developed. The predicted 
springback angle was verified using data from the 
manufacturer and also by measurements performed 
in our lab. 

2 Springback Phenomenon 

2.1 Analytical Description  

Residual stresses that are set in the fiber-reinforced 
composites while a laminate is being cured in closed 
form lead to dimensional changes of composites 
after they are extracted from the form and cooled 
down. One of these dimensional changes is the so-
called springback of angle sections. Other 
dimensional changes include warpage of flat 
sections and the displacement of single layers of 
composite. The manufacturing technology is shown 
in Fig. 1, and the springback effect on a U-shape 
composite part is shown in Fig. 2. 

 
Fig.1. Manufacturing technology. 

 
Fig.2. Distortion of molded U-section. 

Temperature change of dimensions is related to 
many parameters, e.g. the angle of the composite 
part, the thickness of the laminate, lay-up, flange 
length, and also tool material, tool surface or cure 
cycle [1, 2]. Published papers usually describe the 
effect of springback on the behavior of a composite 
L (or U) section extracted from a form that has been 
cooled down to room temperature; see Fig.1. The 
analytical model that covers temperature change, 
chemical shrinkage during curing and moisture 
change was used to describe the change of the angle 
section. It is shown in the next equation,  

∆� = ∆�� + ∆��� + ∆�� = � �	
�	�∆���	�∆� +. 

+� ��
���∆����� + � ��
�������   

(1) 

where ∆γT is the temperature part of angle change, 
∆γh  is the change in angle due to a hygroscopic 
effect and ∆γC   is the change in angle due to a 
shrinkage effect during the cure cycle [1]. The 
temperature term of Eq.(1) can be re-written into the 
equation describing the springback as a relative 
change in the section angle [3] 

��=∆γ �� =⁄ = �	��	��∆�
��	�∆� = �������

�����   
(2) 
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For the unsymmetrical lay-up, an additional term 
must be included in Eq.(3) 

�� = ���� + �������
�����   

(3) 

where κY
T is the change in curvature and R is the 

radius affecting the straight part of the plate. The 
change in curvature is given by: 
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(4) 

When the cylindrical shell of diameter D=2Ry is 
analyzed, this springback effect must be included in 
the thermal force-strain relationship of laminated 
plates. This is accomplished by making the 
following replacement in Eq.(4). 

��� ⇒ ��� + �
8� �#�� − #:��  (5) 

The hygroscopic and shrinkage terms of Eq.(1) can 
be modified in a similar way. The calculation of εz

T 
is described in detail in [3]. In our case, we 
investigated a C/PPS springback composite, with the 
fiber volume fraction Vf = 49% and 
[[(0,90)/(±45)]4/(0,90)]s lay-up. 
The model, which was implemented into Java, also 
gives the user the option of choosing the 
micromechanics of straight fibers, undulated fibers 
(fabrics with a plain, twill and satin weave – see Fig. 
3 for details) and direct input of the S matrix and 
thermal expansion, moisture absorption and matrix 
shrinkage vectors. 
In each type of weave, an area can be found which is 
regularly repeated. After an analysis of this area, we 
obtain three types of elements which characterize the 
weave. Element I has both fibers undulated (typical 
for a plain weave), element II has both fibers 

straight, and element III has at least one fiber 
curved. It can be shown that a twill and satin weave 
can be composed from elements I and II [6]. 
Element I is the basic type, because the other 
typones are special cases of element I. To calculate 
the properties of element I, we have to accept some 
presumptions  

• the whole thickness of the element is the 
sum of the thickness of the fabric and the 
thickness of the matrix 

• the weave of the fabric is tight 
• the curvature of the fibers is regular 

(sinusoidal) and the fibers are prismatic 
• the fibers in the cross-section are distributed 

equally 
• the matrix and fibers are linearly elastic, the 

matrix is isotropic, and the fibers are 
transversally isotropic 

• the temperature is the same throughout the 
volume, no residual stresses exist, and there 
are  no other components and defects in the 
composite, apart from the fiber and the 
matrix 

The user can also input a different volumetric fiber 
content for each layer (which can simulate the 
gradient of the volumetric fiber fraction in the 
radius) and can compose every lay-up from a 
different matrix and fiber (also with a user-defined 
material). This gives the option of composing inter-
laminar and intra-laminar hybrid composites. The 
flowchart of the software is shown can be seen in 
Fig. 4. The print screen of the GUI is shown in Fig. 
5. 

 
Fig.3. Types of weaves (plain, twill and satin). 
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Fig.4. Flowchart of the software. 

 
Fig.5. GUI of the software 

 

3 Experiment 

3.1 FBG sensors 

A Fiber Bragg Grating (FBG) sensor is an intrinsic 
spectrometric type of sensor. FBG sensors have been 
developed intensively since their invention in the 
early 1990s. They are based on a periodic variation 
in the refractive index of the fiber core, which 
reflects particular wavelengths of light and transmits 
all the rest.  
Two types of grating period are mainly used for the 
purposes of FBG sensing:  

• Uniform: the grating period is constant 
along the FBG sensing area. The reflected 
peak is narrow.  

• Chirped: the grating period is gradually 
distributed along the optical fiber. The 
reflected spectrum is wider than the 
spectrum from uniform FBG. Moreover, the 
wavelength of the reflected light 
corresponds to the position in the 
grating/sensor section of the fiber.  

A typical measurement configuration for an FBG 
sensor is pictured in Fig.6 (see [4] for details). 

 
 Fig.6. Experimental configuration for measurement 

with FBG sensor [4]. 
The broadband light spectrum from an optic source 
is guided by the optic fiber into the FBG sensor. Part 
of the light is reflected by the grating in the form of 
a narrow Gaussian peak), and the rest is transmitted. 
For sensing purposes, the reflected peak is 
commonly measured using a spectrometer.  
The working principle of an FBG sensor is based on 
the sensitivity of the grating period and the 
refractive index to changes in strain and 
temperature. Each Bragg grating is characterized by 
the so-called Bragg wavelength ;<, which is defined 
as follows: 

;< = 2>Λ  (6) 

where n is refractive core index and Λ  is grating 
pitch. The central (Bragg) wavelength shifts 
according to the deformation of the grating. 
Elongation causes a positive shift, while shortening 
causes a negative shift. The wavelength shift 
response to strain ε and temperature change ∆T is 
expressed by the equation: 
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@AB
AB = C# + DC�EF − EG + HI  (7) 

where P is the strain-optic coefficient, EF  is the 
coefficient of thermal expansion of the specimen, EG 
is the coefficient of thermal expansion of the fiber, 
and H is the thermo-optic coefficient. 
A linear response of the FBG sensor to strain and 
temperature was observed. Typical values for the 
sensitivity of the FBG sensor to a change in strain 
and temperature were measured for two common 
fiber coating materials: Polyacrylate (fiber diameter 
125 µm, coating diameter 250 µm) and ORMOCER® 

(fiber diameter 125 µm, coating diameter 195 µm). 
In our case, an ORMOCER® type of sensor was 
used. It has sensitivity to temperature 7,5 pm/K and 
sensitivity to strain 0,66 pm. 
Two temperature compensation methods are 
commonly used for FBG sensors. The first method is 
based on strain measurement on two identical 
specimens, both with installed FBG sensors. The 
first specimen is loaded in a testing machine, while 
the second specimen is unloaded (influenced only by 
changes in the ambient temperature). Pure strain 
readings are obtained by subtracting the temperature 
readings (unloaded specimen) from the 
strain/temperature readings (loaded specimen).  
The second compensation method is based on 
calibrating the strain response to the temperature 
change. The FBG sensor is temperature-calibrated 
after installation on the surface of the specimen (or 
after integration into the structure). The specimen 
with the FBG sensor is then placed in a laboratory 
furnace, and the temperature is gradually increased. 
The calibration curve is evaluated from the free 
strain of the specimen. The temperature is measured 
during the experiment, and compensation is made 
off-line, by calculation [4]. 
 

3.2 Description of the experiment  

The initial angle of the specimen was measured at 
room temperature, i.e. 20°C (the measurement is to 
be made while the specimen is being heated). The 
angle was measured using a ScanControl 2800-25 
laser profilometer. The specimen was measured in 
three places, and the average value was calculated. 
The measurement equipment is shown in Fig.7. 

 
Fig.7. Measurement of the angle using ScanControl. 
Fig.8 shows the evaluation of the data and the 
calculation of the initial angle. The average value of 
the initial angle was 89,517° (computed from the 
slopes of the lines, see Fig. 8). The specimen was 
heated to 175°C, and then cooled to room 
temperature and measured again. The initial angle 
after the second measurement was 89,381°. This 
indicates an error of 0,152%, which is within the 
area of sensitivity and accuracy of the measurement 
method. It is therefore not necessary to measure the 
initial angle after each heating and cooling cycle. 

 
Fig.8. Evaluation of the measured angle with 

ScanControl. 
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A C/PPS composite plate with single curvature was 
incised on the edges. Metal tubes were bonded to 
these incisions. An ORMOCER® FBG sensor was 
bonded inside these tubes (see Fig. 9 for details). 
The specimen was put into an oven with digitally 
controlled heating and heated to 175°C (the 
relationship between oven temperature and time is 
shown in Fig. 10). A second FBG sensor has to be 
put into the oven for temperature compensation. The 
value for the elongation of the FBG sensor was 
obtained in each temperature step. This is related to 
the change in the angle of the specimen.  

 
Fig.9. Specimen with FBG sensor, prepared for 

experiment. 

 
Fig.10. Relationship between oven temperature and 

time. 
The camera was placed in front of the oven and a 
contrasting background was placed behind the 

specimen in the oven (see Fig. 11 for details). In 
defined steps, the door of the oven was opened and 
photos were taken of the specimen. The springback 
angle was evaluated in parallel from the figures 
using image processing software, with the data 
obtained from the FBG sensor. 

 
Fig.11. Measurement arrangement. 

3.3 Evaluation of the measured data 

During the test heating, which was not evaluated, the 
FBG sensor slipped out from the bonded layer inside 
the metal tube due to thermal expansion of the tube. 
After cooling down, the fiber was no longer pre-
stressed, so we could not make any more 
measurements with it. However, the specimen was 
repaired and prepared for the next measurement. The 
measured data shows the temperature (or the time) 
when it slipped out. Fig. 12 is the reference photo 
with the scale that was used during image 
processing. 
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Fig.12. Reference photo with the scale for image 

processing. 

Data from the FBG sensor was evaluated in Matlab 
script and is shown in Fig. 13. Average values for 
loaded and compensation fiber and the difference 
between them are shown in Fig. 14. 

 
Fig.13. Relationship between the strain of FBG and 

time. 

 
Fig.14. Average values of the strain of FBG, and 

their difference. 

The two figures show that the FBG sensor measured 
just till 1500 s (which corresponds to a temperature 
of 120°C). The strain on the vertical axis was re-
calculated to the absolute elongation (see Fig. 15). 
The time from the horizontal axis was re-calculated 
to the corresponding temperatures: 40°C, 80°C and 
120°C. 

 
Fig.15. Relationship between absolute elongation 

and time. 

 

4 Results  

The data measured with the FBG sensor was 
compared with the data from the camera and the 
predicted analytical solution, see Fig. 16. The 
change in temperature on the horizontal axis is taken 
to the reference temperature of 20°C at which the 
initial angle was measured. A comparison of the data 
from the FBG sensor and from the camera is 
relevant until 120°C because the sensor slipped out 
at this point: the springback for temperatures above 
120°C was measured just by the camera. Pictures 
from the camera were evaluated in GraphReader 
software in a similar way as the initial angle 
measured with the ScanControl profilometer (see 
Fig. 8 – angle computation from the slopes of the 
lines). 

 
Fig.16. Comparison of analytical and experimental 

results. 
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A comparison of the experimental results from the 
FBG sensor and from image processing shows the 
same trend as the analytical prediction. The 
differences may be due to the different 
recrystallization shrinkage value (the specimen is 
heated and some crystals may still have been grown 
from the previous process). 
The measurement with FBG sensors and image 
correlation was compared with the earlier 
measurement made to 95°C (below the 
recrystallization effect) [5]. The measuring 
equipment that was used earlier was a PT100 
temperature sensor, a CRZ Platinum thin film 
element, a FLUKE 574 contactless infrared 
thermometer, a ScanControl LLT 2800-25 laser 
profilometer and CHRocodile M4 optical distance 
measurement (see Fig. 17 and 18). A comparison of 
all measurements with the analytical prediction is 
shown in Fig. 19. 

 
Fig.17. Experimental devices. 

 
Fig.18. Measurement with ScanControl. 

 
Fig.19. Comparison of analytical and experimental 

results from all measurements 

 

5 Conclusions  

A measurement of the springback angle of a 
thermoplastic composite plate with single curvature, 
including the recrystallization effect, was made in 
our lab. The springback angle was measured with 
FBG optical sensors in parallel with image 
processing. This measurement was compared with a 
previous measurement, which did not include the 
recrystallization effect (the specimen was heated just 
to 95°C). The earlier measurement and the new 
measurement were compared with the Springback 
software analytical solution. Good agreement was 
achieved.  
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1 Introduction  
Wind turbine blades are typically manufactured 
using a combination of different composite material 
configurations including sandwich structures. The 
aerodynamical requirements typically lead to a blade 
design where the aerofoil outer shape is made with 
single or double curved sandwich shells.  This 
implies that the sandwich shell constituents need to 
be draped in the production process to follow the 
geometry. This is usually not a problem for the face 
sheets, since these are made of thin layers of glass or 
carbon fibre fabrics, but the core materials are 
usually delivered as thick plates of foam (or balsa 
wood) that cannot be fitted directly to the geometry. 
To accommodate for this, the materials are cut in 
small blocks and attached to a thin carrier fabric, 
which can then be draped. This type of core is 
known as "grid-scored", see Fig. 1. If the 
manufacturing process is based on resin transfer 
moulding, which is the typical production method 
for wind turbine blades, resin passes through these 
scores, thus creating a resin grid within the foam 
material. Since the resin is much stiffer than the 
foam, the presence of the grid will affect the local 
stiffness and load transfer of the core material. This 
in turn will change the stress distribution locally, and 
induce local stress concentrations in the interfaces 
between the different constituents. These stress 
concentrations may jeopardize the structural 
integrity of the composite sandwich shells and lead 
to failure. 

1.1 Aim of work 

Failure characterisation of composite structures, 
including both monolithic and sandwich laminates, 
is rarely straightforward and receives widespread 

attention throughout the research community [1, 2]. 
For the case of sandwich structures, the global load-
deflection response can in most cases be analysed 
numerically with high accuracy even for very 
complex load cases. However, the accurate 
prediction of failure, extending from initiation to 
complete loss of strength, is more difficult and must 
in all cases be supported by experimental 
investigations. A reliable methodology for pre-
dicting the progressive failure sequence of 
composite structures from initial localized failure 
and beyond has yet to be developed [3, 4]. Since the 
composite sandwich shell configuration investigated 
in this work, like most other composite materials, 
exhibits brittle failure with almost no margin of 
safety offered through ductility, the mechanisms 
leading to failure initiation and propagation must be 
understood, and a reliable prediction analysis 
method needs to be established. For example, failure 
initiates locally in the sandwich shell resin bridges at 
a lower load level than the observed non-linear load-
displacement transition monitored for a simple 
uniaxial tension test as shown in Fig. 2. Thus, such 
failure onset phenomena might occur under normal 
blade operating conditions, which may contribute to 
failure of the entire sandwich structure when loaded 
in a multi-axial configuration. The ability to predict 
the initiation and the later growth of such initiated 
damages is important for predicting the performance 
of the grid-scored sandwich configuration and 
developing reliable designs. The aim of the work 
presented is to investigate the initiation and 
progression of failure in a grid-scored sandwich 
laminate configuration experimentally when sub-
jected to either uni- and multi-axial quasi static 
loading conditions, and furthermore obtain a 
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phenomenological model capable of outlining the 
progressive failure sequence.  

3 Limitations 

The crack initiation in the resin bridges described 
above has so far only been observed, when the 
sandwich panels are loaded in either in-plane tension 
or transverse shear. Thus, the present study is 
limited only to investigate the failure sequence of 
the sandwich panels loaded in combinations of 
these, since the work still is in progress. 
Investigations on the failure behaviour in 
compression are ongoing. Further, the explained 
crack initiation also motivates investigations of the 
fatigue behaviour of the structure, but the presented 
observations are only valid for quasi-static loading 
conditions. 

4 Experimental setup 

Since grid-scored sandwich structures used in wind 
turbine blades are subjected to multi-axial loading 
conditions, a multi-axial testing facility has been 
developed to enable a failure characterization with 
realistic loading conditions, see Fig. 3. Thus, the 
loading conditions realized on the sandwich panel 
mimic the local loading conditions occurring in the 
wind turbine blade, see Fig. 4, which was 
established as part of the work in [5]. As illustrated 
by the failure sequence of the tension specimen in 
Fig. 2, failure initiates in the resin grid in-situ the 
core of the sandwich laminate, which visualises as 
white spots through the face sheets. However, the 
subsequent crack propagation into the foam is not 
visually detectable on the outer surface of the 
structure and the initiation of cracks requires 
continuous visual inspection. Thus to facilitate a 
systematic identification and monitoring of the 
initiation of cracks and their subsequent propagation 
in-situ the specimen, acoustic emission (AE) 
measurements [6] have been conducted on the uni-
axially loaded tension specimen, shown in Fig. 2. 
The result is used to support the failure 
characterization of the grid-scored sandwich 
structure, when subjected to the more realistic multi-
axial loading conditions. Primarily AE readings are 
used to monitor the progression of damage in real 
time (in terms of accumulated hits and events) as the 
test is performed and further to localise the source of 
crack initiation and growth. As explained in [7], 
various types of signal processing techniques can be 

adopted to characterise the AE signals and relate 
them to the different failure modes occurring in the 
monitored specimen. The simplest approach is to 
classify the signal based on a single parameter, 
which also have been chosen in this study in terms 
of the energy level and frequency. In order to 
identify the indicative responses from the onset of 
resin cracks in the multi-axial loaded specimen, the 
uni-axial tension specimen has initially been 
monitored by a 2-channel AE system. The AE 
history of the tension specimen is shown in Fig. 5 in 
terms of accumulated numbers of hits and energy. 
Further Fig. 6 shows the amplitude and energy of 
each recorded event. The results indicate that AE 
readings are observed at even low load levels, but 
that a significant increase in events occurs around 30 
kN, where the presence of the first resin crack 
initiations also takes place. Further the frequency 
response of the events with high energy is found 
around 50 kHz, as shown in Fig. 7. Thus, it is seen 
that the crack initiation can be identified by the AE 
measurements from the high energy releases with a 
frequency around 50 kHz. The subsequent crack 
propagation into the foam did however not seem to 
be detectable from the AE signals, hence this 
experimental evidence so far only can serve as 
identification of failure initiation of the grid-scored 
sandwich structure. 

To facilitate the multi-axial failure investigation of 
the grid-scored sandwich structure a special 
cruciform-like specimen has been developed suitable 
for the setup shown in Fig. 3. The design allows a 
load introduction into the gauge zone, which 
represent the single curved panel shown in Fig. 4. In 
the present investigations a radius of curvature of 
750 mm is chosen. GFRP in a Triax layup is used 
for the face sheets, PVC H60 is used for the core 
material and epoxy is used as resin system. The 
prepared specimen is shown in Fig. 8 and with strain 
gauge and acoustic sensor instrumentation in Fig. 9.  

5 Experimental results 

The loading conditions for the present investigations 
are applied such that the transverse in-plane load, PT, 
is applied at a fixed ratio compared to the 
longitudinal in-plane load, PL.  

PT=PL/4 (1) 
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Similarly the moment is applied at a fixed ratio; 

M=-0.002PT (2) 

where the sign convention follow Fig. 4. 

The onset of resin cracks was, similar to the uni-
axial tension specimen, observed as the first failure 
event for the multi-axial loaded specimen. The same 
indicative acoustic response, shown in Fig. 10, was 
observed at PL = 90 kN, which from (1) and (2) 
means PL = 22.5 kN and M = -45 Nm. Further, the 
AE measurements with high energy showed the 
characteristic frequency response around 50 kHz.  
The longitudinal and transverse strain on the top and 
bottom of the panel in the gauge zone, respectively, 
are shown in Fig. 11. In similarity to the uni-axial 
tension test, a normal strain around 5000 µm/m in 
the same direction as the resin slit was observed to 
initiate the cracks in the resin. Further, as the load 
increased no indication of changes in failure 
sequence compared to the uni-axial test due to the 
multi-axial conditions were observed. The main 
difference observed in comparison to the outlined 
sequence in Fig. 2 was the subsequent crack 
propagation into the foam core, which could not be 
monitored on the multi-axial specimen, since no free 
edges were present in the vicinity of the resin grid, 
where cracks initiated. Further, the test was stopped, 
when strains close to matrix yielding of the face 
sheets was obtained, which explains the lack of 
significant nonlinear behavior on the force-strain 
curves in Fig. 11. 

6 Phenomenological model 

The experimental observations and results are 
intended as input to a phenomenological model 
describing the failure sequence of the grid-scored 
sandwich structure. Since the work still is in 
progress, the model will at present state only serve 
to explain the failure sequence qualitatively; 
 

1) Crack initiation in resin brides 
a. Governed by the straining of the 

face sheets in same direction as the 
score in the sandwich core 

2) Crack propagation into foam core 
a. Only visually identified in uni-axial 

loaded beam specimens 
3) Matrix yielding in face sheets 

a. The multi-axial loading conditions 
do not seem to influence the failure 
sequence. Thus the load carrying 
capacity remains although cracks 
are present in the resin grid. 

4) Ultimate failure of face sheets 
 
Before quantitative results can be obtained from the 
model, a more comprehensive failure study is 
required as outlined in the future work section. The 
observed sequence suggests, however, that a more 
crack insensitive design can be obtained since 
physical based knowledge on the criterion for the 
resin cracks initiation and propagation into the foam 
can be taken into account. 

5 Discussion and conclusion 

The present work shows how the bi-axial tension 
failure sequence of the grid-scored sandwich panel 
has been monitored, both by visual inspection, strain 
gauge measurements and AE readings. The 
presented AE measurements were performed by a 
two channel system, which only allows a linear 
localisation between the two sensors. Given the 
geometry of the multi-axially loaded specimen a 
larger system would have been preferred to allow 
localisation of crack initiation and growth on the 
entire region of the gauge zone instead of only in 
between the two sensors. Regardless the limitations 
on localisation, it was found that the onset of failure 
in the resin grid could be identified from the acoustic 
signals, both in terms of energy and frequency, 
which aids the monitoring, when subjecting the 
panel to fatigue loading conditions. In that 
perspective it is assumed that the observed quasi-
static failure onset mode in the resin bridges is 
required to occur, since the AE response most 
properly changes with the occurrence of a different 
failure onset mode. Further, the observations served 
as preliminary input to a phenomenological model, 
which aids in assessing the structures integrity when 
loaded in realistic loading conditions both before 
and after the onset of failure. 

5.1 Future work 

As explained the present results are limited only to 
outline the failure sequence of the grid-scored 
sandwich structure, when loaded quasi-static in bi-
axial tension in combination with a transverse 
moment. Thus, a characterisation of the failure 
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behaviour in compression is still required with and 
without the presence of resin grid cracks in order to 
investigate the structures sensitivity to the presence 
of the resin grid. Further, investigations in fatigue, 
especially to fully reversed cycles are required to 
identify potential preliminary failure. 
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Fig. 1: The grid-scored sandwich structure 

 

 

 

Fig. 2: The failure sequence of a tension specimen 
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Fig. 3: The multi-axial experimental setup, encompassing 
in-plane bi-axial loading combined with bending in the 

horizontal direction. 
 

Fig. 4: The multi-axial loading conditions realized in the 
panel by the multi-axial test setup. 

 

Fig. 5: The accumulated number of hits and energy vs. 
load for the tension specimen 

 

Fig. 6: The amplitude and energy of each measured event 
in the tension specimen 

 

Fig. 7: The Frequency response shown compared to the 
energy of the events detected by the AE measurements

 

Fig. 8: The Cruciform specimen design
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Fig. 9: The instrumented specimen showing failure 
initiation in the resin grid and in the vicinity of the ply 

drops
 

Fig. 10: Acoustic emission response of the multi-axial 
loaded specimen 

 

 

Fig. 11: The strain gauge readings in the gauge zone
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1 Introduction  
Epoxy resin exhibited excellent processing property, 
mechanical and physical properties compared to 
other competitive resins. The use of epoxy resin for 
composite preparation allowed considerable cost 
saving and could form ideal adhesive bond with high 
performance fibers [1-3]. Thus, epoxy resin was the 
preferential candidate for high-performance 
composites. However, shortcomings of general 
epoxy resin such as poor thermal behavior and 
brittleness limited its application in many special 
fields [4-5]. So, numerous scientific efforts have 
been devoted to promote the comprehensive 
performance of epoxy resin by a variety of methods.  
Layered nanomaterials as interlayer had large space 
that allowed the entry of epoxy resin. Using layered 
nanomaterials modified by organic treatment, both 
intercalated and exfoliated epoxy/clay 
nanocomposites could be obtained [6]. Large 
specific surface area and strong interaction of 
layered nanomaterials led to high strength, modulus, 
toughness and thermal properties of the final 
composites [7]. Coarse multi-scale interface played a 
positive role in enhancing mechanical and thermal 
behavior of nanocomposites. On the other hand, 
heat-insulating property of multi-scale composite 
was reported to be improved owing to good barrier 
properties of layered nanomaterials [8]. 
In this paper, the montmorillonite (MMT) was  

 
treated by long chain alkyl quaternary ammonium 
salts. The MMT/epoxy resin nanocomposite and 
MMT/epoxy/carbon fiber multi-scale composite 
were prepared. Intercalation and exfoliation state of 
organoclays in epoxy resin were analyzed by X-Ray 
diffraction (XRD). The mechanical, thermal 
properties of MMT/epoxy and MMT/epoxy/carbon 
fiber composites were evaluated, and their failure 
mechanism was analyzed through fracture surfaces 
of damaged samples. 

2 Experimental  

2.1 Materials 

Three types of epoxy resins were used in this work. 
The diglycidyl ether of bisphenol A (E-51) type 
epoxy resin was supplied by Lan Xing new chemical 
material Co.LTD China (epoxy value, 0.51). The 
diglycidyl ester of aliphatic cyclo (TDE-85) type 
was provided by Tianjin Jindong chemical factory 
(epoxy value, 0.85). Reactive diluent was supplied 
by Jiangsu Sanmu Co, and amine curing agents were 
home-made. Sodium montmorillonite (Na+-MMT) 
was obtained from Zhejiang Feng Hong Clay 
chemical industry Co.LTD. Hexadecyl trimethyl 
ammonium bromide was bought from Shanghai San 
Pu chemical Co. LTD. T-700 carbon fiber (CF) was 
obtained from Toray Co. The chemical structures of 
the resins and diluter were shown in Table 1. 

Table.1 Chemical structures of the materials 
Materials Chemical structures 

E-51 

TDE-85 

 
Diluter 
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2.2 Specimen preparation and testing 

2.2.1 MMT organic modification 
A certain amount of Na+-MMT clay was dispersed 
in de-ionized water. Although the clay can be 
exfoliated in water almost instantaneously to form a 
stable dispersion, the mixture was still stirred for 3 h 
at 5000 rpm to ensure uniform dipersion of the clay 
in water. Certain amount of hexadecyl trimethyl 
ammonium bromide was mixed with dispersion 
mentioned above，then the mixture was stired for 6 
h at 70 . The MMT nanoplatelets ℃ formed a gel 
after deposition, and supernatant was easily removed. 
After removing the supernatant, the precipitation 
was filtered, then washed three times by de-ionized 
water, and subsequently dried under vacuum at 80  ℃
for 24h, finally crushed in a mortar. As organic 
MMT powder was then obtained. 
2.2.2 MMT/epoxy resin system  
Some amount of E-51 and TDE-85 epoxy resin was 
poured into a glass vessel at 80  and then a certain ℃
amount of org-MMT was added. Both 
ultrasonication and magnetic stirring were applied to 
the mixture to achieve good dispersion. Then， the 
amine curing agents and diluter were added into the 
dispersion. After degassed under vacuum at 90℃, 
the mixture was poured into a preheated metal mold. 
The resin mixture was then cured in an oven at 90  ℃
for 2 h, 120  for 2 h, followed by ℃ 4 h at 150 . ℃ For 
comparison, a neat epoxy panels were also prepared 
via the same procedures described earlier. Tensile 
property, compression property, flexural property 
and impact strength of resin casts were evaluated 
according to GB/T 2568-1995, GB/T 2569-1995, 
GB/T 2570-1995 and GB/T 2571-1995 respectively.  
Testing of glass transition temperature (Tg) of 
MMT/epoxy resin system were used dynamic 
thermo-mechanical analys (DMA)， equipment was 
from American TA company Q800, ranging from 
50℃ to 250℃，at a fixed frequency of 1 Hz and 
with a temperature increment of 3℃ per step,  
specimen size was 35mm×12.8mm×3.2mm. The 
maximum point on the tan δ curve was considered as 
the glass transition temperature of the sample. 
Thermophysical properties of epoxy and 
MMT/epoxy were tested according to Q/Gb 228-
2008, equipment was from German NETZSCH 
company LFA457, the specimen size was 

Φ(12.7)×2mm. Five specimens were tested for each 
experiment to get an average value. 
2.2.3 Composite samples  
Resin system was poured into a dip tank. Naval 
Ordnance laboratory (NOL) rings, as shown in Fig. 
1, one kind of filament wound composite samples 
were prepared. Not only can it reflect the capability 
of the composite to transfer load, but also assess the 
interfacial adhesion of the composite [9-10]. In this 
work, NOL-rings were produced on a filament 
winding machine with a winding tension of 25 N. 
The cure cycles were the same as that of the 
unidirectional composite laminates. The tensile 
strength of the NOL-ring was tested on an Instron-
1196 universal testing machine at a rate of 5 
mm/min [11]. It should be noted that the tensile 
strength (σ) could be determined as  

σ = p/2tw, 
Where p is the ultimate burst force recorded in 
Newton (N), t and w are the thickness and width of 
the NOL-ring in millimeter (mm), respectively. 
According to GB/T1458-1988, short-beam-shear test 
of the unidirectional composites was carried out on 
an Instron-1196 universal testing machine at a span-
to-depth ratio of 6/1. More than six composite 
specimens with dimensions of 20 mm×6 mm×3 mm 
were selected for each ILSS test. 

2.3 Analysis and characterization 

X-ray diffraction (XRD) patterns were recorded by 
monitoring the diffraction angle 2θ from 1.5 to 10° 
on a Rigaku-D/max-γA X-Ray diffractometer. The 
diffractometer was equipped with a CuKa (λ=0.154 
nm) radiation source operated at 40 kV and 100 mA. 
The scanning speed and the step size were 2°/min 
and 0.02°, respectively. Fourier-transform infrared 
spectroscopy (FT-IR) spectra were taken with a 
Magna IR TM Spectrometer 550 (Nicolet) in the 
reflectance mode. Data acquisition was performed 
automatically using an inter-faced computer and a 
standard software package. Solid samples after 
grinding with KBr were compressed into sheets, and 
liquid samples smeared on the KBr slide directly. 
The samples were observed with Cambridge 
Stereoscan 250MK3 scanning electron microscope 
(SEM). All samples were coated with gold to avoid 
the electric charge. 
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Fig. 1 Schematic of NOL-ring specimens 

3 Results and discussion 

3.1 MMT organic modification 

MMT was a kind of hydrophilic layered silicate 
material. An idealized structure of MMT unit layer 
was given in Figure 2[12]. It could be modified for 
lipophilicity and the layer spacing might be 
increased, which were beneficial for resin to enter 
the piece of interlayer. In this work, cetyl trimethyl 
ammonium bromide was selected to modify sodium 
MMT to replace inorganic cations on the unit layer 
with organic cations by ion exchange mechanism, 
and thus make the clay develop affinity with an 
organic phase such as polymer.  As a result, the 
affinity between laminar and molecular chain could 
be enhanced and the layer spacing could be 
increased. Accordingly, MMT was easy to be 
intercalated by epoxy resin. 
 

 

 
 

 
Fig.2 Structure of MMT 

 
Fig.3 The XRD patterns of MMT and organic MMT 

 
Fig.3 showed the XRD patterns of MMT and 
organic MMT. The layer spacing of MMT was 
1.46nm and that of organic MMT was 2.34nm which 
could be calculated by the Bragg diffraction 
equation (2dsinθ=nλ). It indicated that organic-
treatment made the layer spacing of MMT greater. 
The FT-IR was used to detect the stretching and 
bending vibrations of molecules in organic-MMT. 
When long-chain alkyl ammonium ions were 
intercalated in the clay galleries, new peaks could be 
found.  Results were shown in Fig.4. The downward 
convex bands in 1300cm-1 were due to the vibration 
of Si－O－Si and that in 800－400cm-1 were due to 
the vibration of silica tetrahedron and alumina 
octahedron, which belong to the MMT. New 
absorption peaks at 2921－2851cm-1, 1488cm-1 and 
1371cm-1 for organic-MMT could be identified. 
These peaks were attributed to the vibration of －
CH3－、－CH2－of quaternary ammonium salt, 
indicating that long-chain alkyl ammonium ions had 
intercalated within the clay galleries. 

3.2 Intercalation and exfoliation of organic MMT 
in epoxy resin 

As depicted in Fig.5, when epoxy resin with content 
of MMT less than or equal to 4 wt%, diffraction 
peak was reduced to wide-angle X-ray diffraction 
observation under the limit of 1.5° and the layer 
spacing expanded to more than 5.88 nm for most 
MMT layer. MMT was considered to be exfoliated 
when the MMT layer spacing of the layered silicate 
nanocomposites expands to more than 4.4 nm [13].  

Tetrahedron

Octahedron

Tetrahedron
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Fig. 4 FT-IR spectra of unmodified MMT and organic-MMT: (a) unmodified MMT; (b) organic-MMT. 

 
Therefore, MMT was fully exfoliated. When content 
of MMT increased to 6 wt%, XRD diffraction peak 
of the MMT/epoxy occurred at apparently 2.5°, 
which indicated that parts of exfoliated and 
intercalated epoxy resin system was formed. 

3.3 Properties of MMT/epoxy resin 

3.3.1 Mechanical properties 
Tab.2 showed the properties of MMT/epoxy 
nanocomposites with different content of MMT. It 
could be found that tensile, flexural and compression 
properties of epoxy resin, in general, were increased 
with increasing amount of MMT. When content of 
MMT was 2 wt% and 3 wt%, mechanical properties 
showed a higher value. That was attributed to MMT 
layers dispersed in the epoxy resin as nanophase 
causing strong combination. Thus, a number of 
physical crosslink points between MMT and epoxy 
resin were formed. When external force was loaded 
on the sample, MMT slices, which embedded in 
epoxy resin would be pulled up and broken. Herein, 
MMT slices played a role resembling short fiber 
which improved mechanical properties of the epoxy 
resin [14]. At the same time, higher modulus of 
MMT, compared to polymeric resin, led to increase 
of modulus of polymeric matrix. However, when 
MMT content maintained 6 wt%, the mechanical 
properties of MMT/epoxy nanocomposites, 
including tensile, flexural and compression 
properties, were lower than that of neat epoxy. That 
was due to higher stress concentration effect of clay 
agglomerated particle at high clay content. 
Nonexfoliated clay particles from larger 
agglomerates, and thus clay-polymer surface 

interactions decreased as the clay content increases 
resulting in lower mechanical properties. 
The impact strength of MMT/epoxy with different 
content of MMT was shown in Fig.6. Results 
suggested that when content of MMT was 2 wt% 
and 3 wt%, impact strength of epoxy resin increased 
by 25.1% and 35.3%, and reached to 20.9 kJ·m-2 and 
22.6 kJ.m-2, respectively. The improvement in the 
impact strength could be attributed to the good 
dispersion of nanoclay particles, as well as the 
intrinsic properties of the modified epoxy resin 
network [15-16]. Failure section of impact samples 
for epoxy and MMT/epoxy were shown in Fig.7. It 
could be found that impact section of the epoxy resin 
was clear and smooth which belonged to the typical 
brittle fracture. However, fracture section of 
MMT/epoxy exhibited more rough surfaces, and 
fracture directions of MMT/epoxy were dispersed 
which tended to ductile fracture. 

 
Fig.5  XRD patterns of MMT/epoxy with different 
content of MMT: a, b, c, d ,e represent epoxy resin with 1 
wt%, 2 wt%, 3 wt%, 4 wt% and 6 wt% content MMT , 
respectively. 
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3.3.2 Heat resistance 
Fig.8 represented the Tg curve of MMT/epoxy 
nanocomposites with different content of MMT. 
When the content of MMT was 1 wt%, 2 wt%, 3 wt%, 
4 wt% and 6 wt%, the corresponding Tg of 
MMT/epoxy was 113.4℃, 123.7℃, 119.5℃, 115.3
℃, and 113.3℃, respectively. Additionally, the Tg of 
MMT/epoxy was higher than that of neat epoxy resin 
of 110.1℃. For the epoxy resin with 2 wt% organic 
MMT, Tg increased by 13.6℃ and reached to the 

maximum value, compared to neat epoxy resin. The 
increase of Tg was attributed to the epoxy resin 
network structure strengthened by the dispersed 
silicate layers in the matrix. Thus, the mobility of 
epoxy resin molecular chain was restricted by MMT 
slices. At the same time, free volume of MMT/epoxy 
reduced and it was more difficult for mobility of 
macromolecular chain segments when the 
MMT/epoxy nanocomposites was heated [17-18]. 

 
Tab.2 Properties of MMT/epoxy castings with different MMT contents   

contents of 

MMT/ wt% 

tensile 

strength /MPa 

tensile 

modulus /GPa 

elongation 

/% 

flexural 

strength /MPa

flexural  

modulus /GPa 

compression 

strength /MPa 

Compression 

modulus /GPa 

0 85.8 3.63 4.10 147.0 3.76 140.0 3.60 

1 88.1 3.74 4.50 154.6 3.76 145.0 3.72 

2 96.1 3.85 3.58 166.6 3.86 156.4 3.69 

3 94.5 4.05 3.86 163.4 4.06 150.4 3.65 

4 88.1 3.91 3.45 150.0 3.70 142.6 3.49 

6 84.1 3.91 3.14 129.0 3.87 143.2 3.29 
 

 

Fig.6 Impact strength of MMT/epoxy with different MMT contents 
 

     

      Fig.7 SEM images of impact section: (a) epoxy resin, (b) epoxy resin with 3% MMT 

a b 

10μm 10μm 
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Fig.8 Tg curve of MMT/epoxy with different MMT contents 

 
3.3.3 Heat-insulating properties 
Good heat insulation of resin matrix could 
effectively prevent delivery of heat from external to 
internal, and protected the internal matrix from 
decomposition at high temperature. Under the same 
conditions, material heat insulation was determined 
by the formular of ρ·λ /Cp, Where ρ, λ and Cp 
represented the density, coefficient of thermal 
conductivity and specific heat capacity of the 
material, respectively. There were not much 
difference of density and specific heat capacity for 
resembling materials. Consequently, heat insulation 
depended primarily on coefficient of thermal 
conductivity of the material.  
The high surface area of MMT clay played an 
important role in property enhancement of polymer 
nanocomposites. In both exfoliated and intercalated 
nanocomposites, dispersed nanoclay platelets 
created a tortuous structure in polymer matrixes. The 
effective diffusion path for a diffusing molecular 
was longer. Therefore, polymer nanocomposites 
exhibited very good diffusion barrier properties for 
heat flow, liquid and gas as showed in Fig.9 [8, 19-
21]. Heat-insulating properties of MMT modified 
epoxy resin were given in Tab.3. Data showed that 
thermal conductivity of epoxy resin with 3 wt% 
MMT reduced by 36.6%, and was 0.202 W·m-1·K-1. 

 
Tab.3 Thermophysical properties of epoxy and 

MMT/epoxy  
coefficient of thermal conductivity 

/W·m-1·K-1 Material system 
room temperature 100℃ 

Epoxy resin 0.276 0.345 
with 2 wt% MMT  0.220 0.282 
with 3 wt% MMT  0.202 0.196 

 
Fig.9 Different diffusion paths in polymer and polymer 

nanocomposites 
 

3.4 MMT/epoxy/carbon fiber multi-scale 
composites 

3.4.1 NOL rings of composites 
As a kind of ring test samples, NOL rings were the 
simple experimental method to measure 
performance of winding composite which were 
based on the netting theory. Winding tests and 
property measurements of NOL rings could provide 
valuable process parameters and design parameters 
for the pressure vessels forming as well as the ability 
of interface impregnating, adhesive and stress 
transferring between fiber and resin matrix [22]. 
Tab.4 showed the properties for the NOL ring of 
T700 CF/epoxy composites and MMT/epoxy/T700 
CF multi-scale composites. 
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Tab.4 Mechanical properties for the NOL rings of 
composites 

Material systems 
tensile 

strength 
/MPa 

tensile 
modulus 

/GPa 

interlaminar 
shear strength 

/MPa 
T700CF/epoxy 2010 121 69.2 

MMT/epoxy/T700CF 2143 130 79.0 
 
Tab.4 showed the Mechanical properties for the 
NOL rings of T700CF/epoxy composites and 
MMT/epoxy/T700CF multi-scale composites 
with 3 wt% MMT, which suggested that the 
multi-scale composites showed higher 
mechanical properties, compared to the 
T700CF/epoxy composites. Particularly, ILSS 
enhanced by 14% and reached 79.0MPa. The 
ILSS improvement of multi-scale composites 
should contribute to the dispersion of clay 
particles in the matrix which became resin 
network junction and had a riveting effect to 
inhibit propagation of micro cracks. Moreover, 
the high surface energy of MMT might improve 
the interface binding force between the resin 
and fibers. Consequently, the resin matrix could 
take the energy transferring between the fibers 
to ensure that the damage would not occur at the 
relatively weak interfaces [23-25].  
Fig.10 and Fig.11 showed SEM images of the 
tensile and shear section of NOL rings. It could 
be found that the fracture of T700 CF/epoxy 
composites occurred at interfaces between fibers 

and matrix, and some carbon fibers were 
separated from matrix and pulled out which 
indicated a poor adhesion between fibers and 
matrix. That indicated the interfacial bonding 
was poor and the interface structure could not 
transfer stress effectively for T700 CF/epoxy 
composites. As a contrast, the image of 
MMT/epoxy/T700CF multi-scale composites 
was different. Large quantity of resin matrixes 
could be observed covering on the fiber surface, 
which indicated that the nano size clay particles 
embedded in the matrix were combined with the 
carbon fibers. The clay particles played a role in 
increasing the mechanical properties of multi-
scale composites.  
 
3.4.2 Heat-insulating properties of composites 
Heat-insulating properties of two kinds of 
composites were given in Tab.5. When 3 wt% 
MMT were added, the thermal conductivity of 
MMT/epoxy/T700CF multi-scale composites 
was 0.341W·m-1·K-1, which was 37.5% lower than 
that of T700CF/epoxy composites at room 
temperature. 

 
Tab.5 Thermophysical properties of composites  

coefficient of thermal 
conductivity /W·m-1·K-1 Material systems 

room temperature 100℃
T700CF/epoxy 0.469 0.503

MMT/epoxy/T700CF 0.341 0.286

 

                 
Fig.10 SEM photographs of tensile sample fracture section for composite NOL-rings (a, T700 CF/epoxy composites; b, 
MMT/epoxy/T700 CF multi-scale composites) 

a b 

10μm 
 

10μm 
 

ICCM19 3356



              
Fig.11 SEM photographs of shear strength sample fracture section for NOL-ring of (a) T700 CF/epoxy composites (b) 
MMT/epoxy/T700 CF multi-scale composites. 

 
 

4 Conclusions  

Cetyl trimethyl ammonium bromide could be used to 
modify sodium MMT to replace inorganic cations on 
the unit layer surface with organic cations by ion 
exchange mechanism. The layer space of organic 
MMT could expand from 1.46 nm to 2.34 nm, which 
was beneficial to allow the intercalation of epoxy 
resin. 
As for MMT/epoxy nanocomposites, certain amount 
of the organic MMT could improve mechanical and 
thermal properties. When content of MMT was 3 
wt%, compared to neat epoxy resin, impact strength 
of MMT/epoxy nanocomposites could enhance by 
35.3%, and thermal conductivity could decrease by 
36.6%. When content of MMT was 2 wt%, Tg could 
increase by 13.6℃ and was 123.7℃. That might 
attributed to the interaction occurred between MMT 
slices and epoxy resin. 
Compared to properties of T700 CF/epoxy resin 
composites, ILSS of MMT/epoxy/T700 CF multi-
scale composites were enhanced by 14%.  The 
thermal conductivity of MMT/epoxy/T700CF 
multi-scale composites with 3 wt% MMT could 
be 37.5% lower than that of T700CF/epoxy 
composites at room temperature. 
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1 General introduction  

Plain concrete is a brittle material with a very low 

tensile strength which results in cracking under the 

service load. The crack can allow water and 

chemical agents to go through the concrete and 

cause damage to the concrete and steel 

reinforcement. Repairing damaged concrete 

structures is an economical way to extend the 

working life of a structure [1]. In addition, 

increasing the load carrying capacity could be 

required due to change of use of structure or to make 

it conform with new design standards and 

requirements [2]. 

 Concrete structures of insufficient shear and 

flexural capacities are often strengthened by various 

methods such as shotcrete, applying different types 

of concrete overlays, adding post-tensioned cables, 

bonding steel plates or using composite materials. 

Fibre Reinforced Polymers (FRP) materials have 

been successfully applied to strengthen existing 

reinforced concrete (RC) structures over the past two 

decades. FRP has several advantages including 

excellent corrosion resistance, high stiffness and 

strength-to-weight ratios, low thermal expansion, 

good fatigue performance, non-magnetic properties, 

easy to transport and tailor-ability. However, FRPs 

have drawbacks as well specially related to the use 

of polymer resin that can occasionally limit their use. 

These include a poor thermal behaviour above the 

polymer resin glass transition temperature, 

destruction during fire [3], non-applicability on wet 

surfaces or at low temperatures [4] and the 

incompatibility of polymer resin and concrete 

substrate [5]. As an alternative, textile composite 

materials bonded with cement based adhesive such 

as textile reinforced mortar/concrete (TRM/TRC) 

have been designed and developed more recently for 

both strengthening and rehabilitation of concrete 

structures [6, 7].  

It is known that textile reinforced mortar/concrete 

(TRM/TRC) materials are more compatible with the 

concrete substrate materials and can provide a 

substantial gain in compressive strength and 

deformability of structures [7], crack resistance [8], 

and better performance at high temperatures and 

during fires [9] while maintaining other FRP 

advantages.   

 The TRM’s mortar should meet some 

requirements in order to be a high quality matrix and 

applicable. These requirements are: non-shrinkable; 

high workability (easy to apply using a trowel); high 

viscosity (can be applied on vertical or overhead 

surfaces); low rate of workability loss (application of 

each mortar layer should be possible while the 

previous one is still in a fresh state); and sufficient 

shear (hence tensile) strength, in order to avoid 

premature de-bonding [7]. 

 In textile reinforced mortar (TRM), the fibres are 

formed into the shape of multi-axial woven fabric 

textiles and combine with a matrix of fine grained 

cementitious mortar. A sample of TRM is shown in 

Figures 1 and 2 [10].  

 The mechanical properties of the textile and the 

mortar influence the performance of the TRM 

reinforced RC beams [11]. The quasi-ductile 

behaviour after matrix cracking is one the biggest 

advantage of TRM and it is very important for 

applications in civil engineering. This is due to the 

crack bridging of the textile and the de-bonding of 

the textile and cementitious matrix. The 

reinforcement structure leads to a crack pattern with 

small crack openings in conjunction with small 

crack spacing. This leads to the major influence of 

the post cracking behaviour of concrete on the 

overall response of the structural member [11]. In 

addition, with aligning fibres in the direction of 

tensile stresses of an RC beam, higher load carrying 

capacity and serviceability will be achieved [12]. 
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Recent experimental and theoretical work showed 

the effectiveness of cement-base composites for 

strengthening of reinforced concrete structures. 

Examples include TRM jacketing as a solution for 

confinement of RC columns [13] for non-seismic 

and seismic purposes [15], for controlling the 

buckling of near surface mounted FRP (NSM FRP) 

[14], in the case of column confinement and column 

jacketing, and for strengthening RC-members or 

masonry walls [16]. 

2 Objective of this study 

In this study, the effect of using different types of 

textile composites on the ensuing flexural 

performance of RC beams is examined by means of 

finite element modeling (FEM).  

 Three different types of textile materials for 

strengthening the RC beam were evaluated, namely 

carbon fabric, steel fabric and polyphenylene 

benzobisoxazole (PBO) fabric. 

3 Case study 

3.1 Problem description  

The performance of TRM strengthened beams was 

evaluated numerically using a two-dimensional 

finite element (FE) model in Abaqus/Standard. In 

order to be able to validate the FE results, the model 

was adapted from an experimental study reported in 

the literature [3]. The length, width and depth of the 

RC beam were considered, respectively, to be 2200 

mm, 400 mm, and 250 mm. The concrete beam was 

reinforced with three steel rebars (Figure 3) and was 

loaded in four-point bending with a clear span of 

2200 mm, and loading points were at 750 mm from 

each end of the beam. The total load was applied 

step by step up to failure of the beam in a 

displacement control manner. Failure was defined as 

when (1) concrete reaches the compressive strain of 

0.0035 (i.e., concrete crushing), (2) the steel reaches 

the yielding strain of 0.002 and (3) TRM reaches its 

tensile fracture strain. 

 The beam was modeled in Abaqus as 1/3 two-

dimensional model due to the symmetry conditions. 

The beam was modeled without and with three 

different types of TRM reinforcements. Figures 4 

and 5 show samples of the distribution of the plastic 

strain in unstrenthened and TRM reinforced RC 

beam at the failure point. 

 The following assumptions were made for the 

model: (1) a linear strain distribution through the full 

depth of the cross-section of the beam; (2) no tensile 

strength in concrete; (3) no slip between the concrete 

and the steel rebars, (4) no slip or de-bonding 

between the concrete and the composite. 

3.2 Material properties  

Mechanical properties of concrete and steel used in 

the model were similar to those reported by Ambrisi 

and Focacci [3]. 

3.2.1 Concrete 

The concrete has an elastic modulus of 30 GPa, 

Poisson’s ratio of 0.2, the compression strength of 

47.68 MPa, and a maximum compression strain of 

0.0035 (Table 1).  

3.2.2 Steel reinforcement (rebar) 

The steel rebar was assumed having an elastic, 

perfectly plastic behaviour with identical moduli in 

tension and compression. The steel rebar was treated 

as a uni-axial material throughout the beam section 

and defined as a one-dimensional element embedded 

in the concrete. The rebar and the concrete failure 

behaviour were considered independently. The steel 

rebars has a yield stress of 523 MPa, a modulus of 

elasticity of 200 GPa and a size of 14 mm in 

diameter (Table 1).  

3.2.3 Textile reinforced mortar  

The performance of the following textile reinforcing 

materials was compared: 

1. A balanced net of steel fibers with fibres along 

two orthogonal directions.  

2. A balanced net of carbon fibres with fibres along 

two orthogonal directions. 

3. A balanced net of poly(p-phenylene-2,6-

benzobisoxazole) or PBO fibres with fibres along 

two orthogonal directions. 

    The mechanical properties of the three fibres are 

shown in Table 2. The cementitious matrix 

properties were similar to concrete properties shown 

in Table 1.  

 It should be noted that once a crack is formed in 

the concrete or the mortar matrix the tensile force is 

transferred through the rebar or the textile 

reinforcement. Therefore, “tension stiffening” was 

introduced into the concrete cracking model (Figure 

6).  

3.3 Validation of the FE model 

The load-deflection behaviour from the base FE 

model (with no TRM reinforcement) was first 

verified by comparing it to the theoretical values 

calculated using the Canadian design code (CSA 
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A23.3-04) and to previous experimental data [3]. 

The results are presented in Figure 7. 

3.3.1 Theoretical validation 

The properties of the concrete and the steel rebars 

that were used in the analytical validation are those 

in Tables 1 and 2. Three points on the load-

deflection curve were calculated, namely concrete 

cracking, steel yield and beam failure. Results of the 

theoretical analysis showed that the first crack point 

happened at the displacement of 0.91 mm and a load 

of 38.36 kN. The steel yielded at a displacement of 

9.39 mm and a load of 136.84 kN. Failure, defined 

as concrete crushing after steel yielding, occurred at 

a displacement of 27.71 mm and a load of 142.91 

kN. These results are reported in Table 3 and are 

shown in Figure 7. 

3.3.2 Experimental validation 

Figure 7 presents a comparison between the load-

displacement curve plots for the un-strengthened 

beam from the experimental study [3] and the 

current FE model. A good agreement between the 

FE model and experimental data is seen.  

 The small difference between the experiment and 

the FE model could be caused by one of the 

following reasons: (1) due to the complex nature of 

the concrete it is always difficult to produce a 

concrete with uniform mechanical properties along 

the length of the beam; (2) micro-cracks are present 

in the experimental beams prior to loading and could 

be produced by drying shrinkage in the concrete 

and/or handling of the beams. The present FE model 

does not account for these micro-cracks that may 

reduce the stiffness of the experimental beams; and 

(3) in the FE model, a perfect bonding between 

concrete and rebar was assumed. In experimental 

cases, local breaking of bond is unavoidable and 

bond-slip takes place. 

4 Parametric study on the effect of TRM 

In order to study the effect of TRM and the type of 

textile used, multiple FE models were run and 

compared. Except for adding TRM to the soffit of 

the beam, the models were the same as the validated 

model described in Section 3 (Figure 8). 

4.1 Effect of TRM on load-carrying capacity 

Results from the FE model with different TRM 

systems is shown in Figure 8. In general, adding 

TRM sheets improved the flexural behaviour of the 

TRM strengthened RC beams compared to the 

control (unstrengthened beam). The effect of 

strengthening depends on the TRM’s elastic 

modulus. The load carrying capacity was increased 

by 135.60% for PBO TRM, 131.62% for Carbon 

TRM and 66.37% for Steel TRM by using a 1 cm 

thickn TRM compared to the control beam. 

Similarly, the yield load of the strengthened beams 

increased by adding TRM systems. The increase was 

58.29%, 54.12% and 36.26% for the PBO, steel and 

carbon TRM systems, respectively, compared to the 

control beam.  

    Figure 9 shows the variation of the normalized 

load with the modulus of elasticity of the different 

TRM systems. There is an asymptotic limit as to 

how much the elastic modulus of the TRM system 

can influence the improvement of the flexural 

behaviour and increasing the load capacity of the RC 

beam. 

4.2 Effect of TRM on serviceability 

Figure 10 shows the effect of adding TRM sheets on 

the midpoint deflection. A decrease in the midpoint 

deflection was observed as the elastic modulus of 

the TRM system was increased. The midpoint 

deflection was decreased by 62.45% for PBO TRM, 

58.23% for carbon TRM and 43.04% for steel TRM 

when using a 1 cm thick TRM compared to the 

control beam. This decrease can lead to better 

serviceability of the reinforced concrete beam and 

concrete structures in general.  

4.3 Effect of TRM on general load-deflection 

curve 

All of the modeled strengthened beams showed a 

significant increase in flexural performance and an 

increase in stiffness compared to the unstrengthened 

RC beam. By increasing the elastic modulus, 

stiffness and the flexural strength of the strengthened 

beam increase. Namely, results of the FE model 

showed an increase of %59 in stiffness by 

strengthening RC beam with a 1 mm thick carbon 

TRM and a %63 increase by strengthening with a 1 

mm thick PBO TRM. 

 The ductility is a major factor for any RC beam 

and especially has a main rule on seismic properties 

of RC beams. A ductile RC beam can take a large 

amount of strain while still resisting a sufficient 

amount of load. In other words, it is able to sustain 

large inelastic deformations before collapsing. The 

strengthened beams are less ductile than 

unstrengthened ones. Figure 10 shows decrease in 

ductility by increasing the elastic modulus. 

 Figure 11 shows that the steel yield point can 

change by adding reinforcing material (TRM); the 
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steel yield point will occur at a lower midpoint 

displacement. By adding more TRM plies or using 

another TRM with a higher modulus of elasticity, 

the steel yield point will occur even at lower 

midpoint displacements.  

 In the case that RC beam is reinforced with 1mm 

carbon or PBO textile, load-midpoint deflection 

curve shows a high stiffness and a very low ductility 

and has no clear steel yield point. It means by 

increasing the TRM reinforcement, the reinforced 

RC beam reaches to the concrete-controlled or 

compression failure mode. In this failure mode and 

before the steel reaches to the yield point, the 

concrete reaches to the maximum compressive strain 

and the concrete failure happens. 

 In contrast, in the case of reinforcing RC beam 

with a 1 mm thick steel textile, the steel yield point 

still exists and can be clearly identified. The steel 

yield point is achieved at the mid-point displacement 

of 8.20 mm and the load of 226.64 kN (Figure 11). 

In the case of the unstrengthened RC beam, the steel 

yield occurred at 9.35 mm mid-point displacement 

and 129.98 kN load. 

5 Summary and Conclusions 

The numerical results in this case study indicated 

that the TRM can be effectively used to rehabilitate 

or strengthen the RC beams.  

For all types of textiles considered in the study, a 

notable increase in the flexural strength and a 

decrease in the midpoint displacement of the beams 

were achieved as compared to the original 

unstrengthened RC beam. The increase in the 

flexural strength and load carrying capacity of beam 

depends on reinforcement material, specifically its 

elastic modulus. Using the TRM with higher 

modulus of elasticity can increase the load carrying 

capacity of RC beam by an average of %63. 

     The other type of improvement in the 

performance of TRM reinforced RC beam was a 

decrease in bottom midpoint deflection by 

increasing the elastic modulus. Using the TRM with 

a higher modulus of elasticity increases the load 

carrying capacity of RC beam by the average of 

%63. 

    The other type of improvement in the 

performance of TRM reinforced RC beam was a 

decrease in bottom midpoint deflection and 

enhancing the serviceability of the beam by 

increasing the TRM elastic modulus. This 

enhancement was 32% on average. It was also 

observed that in enhancing the load carrying 

capacity and serviceability there is an asymptotic 

limit. 

    The effect of TRM on load-deflection curve 

showed an increase in stiffness by average of %61 

by increasing the textile elastic modulus. It also 

showed a notable influence on ductility and the steel 

yield. In particular, there was no clear steel yield 

point on the load-deflection curve when reinforcing 

with a 1 mm thick carbon or PBO TRC.  

 

 
Fig. 1: TRM; the fibres are formed into the shape of 

a woven fabric (biaxial textile) reinforcement [10] 

 

 
Fig. 2: TRM, the fibres are formed into a 3D textile 

reinforcement [10] 
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Fig. 3: Four-point flexural bending set-up of the RC beam studied 

 

 
 

Fig. 4: Plastic strain distribution in the unstrengthened RC beam at failure point 

 

 
Fig. 5: Plastic strain distribution in the carbon reinforced RC beam at failure point  
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Fig. 6: Load transfer behaviour between matrix and 

textile [4] 
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Fig. 7: The FE model results vs. experimental data 

and the analytical solution for the unstrengthened 

RC beam 
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Fig. 8: Load-deflection for beams strengthened with 

different textiles 
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Fig. 9: Normalized load vs. textile elastic modulus 
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Fig. 10: Normalized deflection vs. textile elastic 

modulus 
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Fig. 11: Effect of strengthening TRM on steel yield 

point of the RC beam  
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Table 1: The mechanical properties of concrete and 

steel rebar of the RC beam  

  Concrete 

Steel 

rebar 
   

Elastic modulus (GPa) 30 200 

Poisson's Ratio 0.2 0.3 

Compression stress (MPa) 47.68  

Max compression strain 0.0035  

Yield stress (MPa)  523 

Concrete beam 

size (L, b & h) (mm) 

2200,400  

& 250 
 

Rebar size  3-14 

 

 

Table 2: Mechanical properties and thickness of the 

selected textile materials  

  
PBO 

fabric 

Carbon 

fabric 

Steel 

Fabric 
    

Elastic modulus (GPa) 271 238 200 

Poisson's Ratio 0.2 0.2 0.3 

Nominal thickness(mm) 1 1 1 

 

 

 

Table 3: Theoretical analysis of concrete beam  

  
Midpoint 

Deflection(mm) 

Load 

 (kN) 
   

First crack point 0.91 38.36 

Steel yield point 9.39 136.84 

Ultimate load point 27.71 142.91 

 

 

Table 4: Effect of TRM on mid-point 

displacement (serviceability)  

Normalized mid-point displacement 

 TRM  Elastic Modulus 

Rebar thickness Steel Carbon PBO 

Size (mm)*    
            

 3-12 0.05   1 0.947 0.928 

 3-12 0.15   1 0.766 0.632 

 3-12 0.25   1 0.540 0.519 
           

 3-14 0.05   1 0.865 0.803 

 3-14 0.15   1 0.646 0.541 

 3-14 0.25   1 0.515 0.495 
          

 3-16 0.05   1 0.874 0.864 

 3-16 0.15   1 0.824 0.792 

 3-16 0.25   1 0.809 0.774 

* Nominal thickness 

Table 5: Effect of TRM on load-carrying 

capacity  

Normalized load-carrying capacity 

 

TRM 

thickness 

Elastic Modulus 

Rebar thickness Steel Carbon PBO 

Size  (mm)*    
            

 3-12 0.05   1 1.436 1.486 

 3-12 0.15   1 1.630 1.643 

 3-12 0.25   1 1.669 1.723 
           

 3-14 0.05   1 1.271 1.290 

 3-14 0.15   1 1.392 1.442 

 3-14 0.25   1 1.475 1.536 
           

 3-16 0.05   1 1.177 1.224 

 3-16 0.15   1 1.249 1.273 

 3-16 0.25   1 1.339 1.365 
* Nominal thickness 
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Abstract 
The principles of air bubbles in the resin removed by air release additive were analyzed, and the influence of air 

release additive BYK®-A 560 on the properties of vacuum bag cure T700/VB-90 composite had been 

investigated here. The main physical properties and mechanical properties of the BYK®-A 560 incorporated 

T700/VB-90 prepreg were evaluated, and the results were compared to those from original T700/VB-90 prepreg 

without BYK®-A 560. The quality of T700/VB-90 composite laminates was improved significantly by 

incorporating BYK®-A 560. Results of optical microscopy, ultrasonic C-Scan, void volume content and 

mechanical test have shown that the laminates from BYK®-A 560 incorporated T700/VB-90 prepreg had 

autoclave cure quality with excellent mechanical properties. Hot/wet test results indicated that the incorporation 

of BYK®-A 560 had no negative influence on the main mechanical properties and heat resistance of 

T700/VB-90 composite which could be serviced as high as 90℃ as a structure material. A novel vacuum bag 

cue only prepreg with promising characteristics is being developed.  

 

Keywords: vacuum bag cure; prepreg; epoxy; carbon fiber; carbon fiber composite 

 

1. Introduction 
The main advantages of advanced composites are their high performance and low density. The 

high cost of advanced composite parts is the key limit for their extensive utilization in aerospace 
industry, weapon system and naval vessel field. 

In the last ten to fifteen year as an industry we have worked at alternative manufacturing 
methods to reduce the cost of a given quality of composite structure. One aspect of this overall 
effort has been to develop composite materials that can be processed to a high quality without use 
of an autoclave [1-3]. An autoclave is a heated pressure vessel used extensively in the aerospace 
industry for the manufacture of composite parts. Many smaller composite companies would like 
the quality of part routinely produced by autoclave processing but cannot justify the expenditure 
that installing an autoclave would entail. Autoclave are also subjected to the “Garage Volume 
Law”-However large your garage your junk increases to fill the available space [1]. Composite 
structures are getting larger and finding an autoclave of correct size can be a major logistical 
problem that makes the design and production engineer look to alternative methods of 
manufacture. One potential solution to these problems would be a hypothetical composite 
material as strong, as stiff and as cosmetically perfect as an autoclave part but requiring only low 
pressure and low temperatures to achieve the desired results [4,5]. 

Advances in our understanding of processing of composite materials and improvements in 
formulations and formatting of prepregs have resulted in major improvements in the molded 
quality of oven heated, vacuum only consolidated laminates.  

The initiative of reducing cost leads authors of this paper to develop vacuum bag cure only 
technique to manufacture advanced composite with high performance. VB-90 is an epoxy resin 
matrix with excellent mechanical properties and outstanding processability developed by the 
authors here. Even though the mechanical properties of the composite are high, however, there 
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were always some small voids can be found in the composite laminates when they were 
manufactured with vacuum bag cure only technique. One kind of air release agent was 
incorporated into the VB-90 resin to remove the voids in the VB-90/T700 composites after 
analyzing the characteristics of the voids in the composite. The quality and properties of the air 
release agent incorporated composite have been investigated, and significant results have been 
achieved. 
 

2. Experimental section 
 
2.1. Raw Materials 

 
Air release additive BYK®-A 560, solution of foam destroying polyacrylates and polymers, 

BYK-Chemie GmbH. VB-90 resins and prepreg with T700 as the reinforcing fiber are developed 
by Beijing Institute of Aeronautical Materials (BIAM). 1% BYK®-A 560 (based on pure VB-90 
resin) was incorporated before the curing agent was mixed with the epoxies during the preparing 
process of VB-90 resin. 

 
2.2. Preparation of T700/VB-90 Prepreg   

 
The T700/VB-90 prepreg was prepared by a hot/melt technique using a prepreger made in USA . 

The resin film was prepared at 55±5℃, the initial impregnation temperature was 75℃～95℃, the 
pressures of the front, middle and rear pressing rollers were 0.1MPa, 0.2MPa and 0.3MPa, 
respectively, and the producing speed limit was 1～2m/min. 
 
2.3. Standard Manufacturing Parameters of T700/VB-90 Laminates   

 
All the T700/VB-90 laminates were manufactured with vacuum bag cure only process in a 

heated air oven. The manufacturing thermal cycle is : 70℃/1h+130℃/2h . 
 

2.4. Characterization and Determination   
 
The glass transition temperature (Tg) of composite was evaluated by dynamic mechanical 

thermal analysis (DMTA), the heating rate was 5℃/min and the frequency chosen was 1Hz. Tg 
was reported as the peak in tanδ. Ultrasonic C-scanning detection of laminates was performed on 
a home-made apparatus with the same condition as the laminates manufactured by an autoclave, 
the frequency selected was 5MHz. All the mechanical properties of laminates were tested 
according to Chinese Standards using a 10T Instron machine, see Table 1. Micrographic 
inspections were performed to examine the coupons for voids. Microsections were prepared by 
placing a piece machined from the laminates, approximately 20mm by 20mm, into a sample 
holder and mounting it with epoxy. The specimens were then ground and polished using typical 
metallographic procedures and then examined using an optical microscope at 20x and 40x. When 
voids were observed, a photograph was taken. 
  

Table 1  
Test standards for T700/VB-90 laminates 
Tests Standards 
Tensile test GB/T 3354 
Flexural test GB/T 3356 
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Compression test GB/T 3856 
Short beam shear test GB/T 3357 
 
Table 2  
Main properties of T700/VB-90 prepreg 
Parameters Values
Content of volatile (%) <1.0
Content of resin (%) 36±3
Stickiness Eligibility
Percent of resin flow (%) 10～25
Storage life at RT (day) >60
Thickness of single ply(mm) 0.125±0.01

 

 

3. Results and discussion 
 

3.1. Analyses of mechanism of air bubbles removed by air release additive 
 

Why air release agent is selected and incorporated in the resin system here? First we should know the 

voids characteristics in the vacuum bag cure only laminates. The unidirectional and symmetric lay-up 

composites manufactured from T700/VB-90 prepreg by using vacuum bag cure only technique are cut and 

polished to observe the voids in the composites. As shown in Fig. 1, the voids in both kinds of laminates are 

very small, and most of them are less than 1mm in diameter. On the other hand, all the voids are distributed 

in the resin between two adjacent fiber layers.  

 

      

(1) Laminate [0]16                       (2) Laminate [-45/0/-45/90]4S 

Fig.1. Optical photographs from VB-90/T700 laminates 

 

Then, we analyzed how the voids are formed in the laminates. Most of the voids were 
caused by entrapped air and volatiles (include absorbed water) in the prepreg [1].Both the 
entrapped air and volatile should be released before the gelling point of resin reached. As we 
mentioned above, all the voids are very small and exist between the adjacent layers, and it is 
difficult to remove those small voids. This reminds us of the air release additive. The main 
working principles for an effective air release additive should include: (1) have a low surface 
tension than that of the resin to be deaerated; (2) have a positive spreading coefficient which 
produces an positive bubble coalescence effect; (3) be insoluble in the medium to be 
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deaerated. An air bubble is usually stabilized by the interfacial active substances between the 
bubble and surrounded resin; the air release additive molecules will take the place of these 
interfacial active substances if an air release additive is incorporated, so the surface tension of 
the resin will be decreased significantly, and the bubbles will go through the fiber layer more 
easily than before. On the other hand, the void bubbles will coalesce to become big and the 
number will be reduced. According Stoke’s Law,  



2r
v   

Where v is the speed movement of air bubble, r2 is the square of the radius of the bubble, and 
η is the viscosity of the resin. Because the viscosity of the air release additive (usually 
contains solvent ) is very low, so the viscosity of the resin will be reduced significantly when 
an air release additive is incorporated, and the air bubbles in the resin pool will move faster 
than those without the addition of air release additive. 

So if the solvent in the air release additive can be removed before the gelling point of resin 
reached, the air trapped can escape from the resin simultaneously during the manufacturing 
process.  

      

 
3.2. Influence of air release additive on the quality of T700/VB-90 laminates 
 

Air release additive BYK®-A 560 (BYK-Chemie GmbH), solution of foam destroying 
polyacrylates and polymers, was selected here to verify the theory of above analyses. Fig.2 
show typical micrographs of laminates manufactured from T700/VB-90 prepreg with the 
incorporation of BYK®-A 560. Voids were only found in the laminates form original 
T700/VB-90 (Fig.1), no voids can be seen in these photographs corresponding to BYK®-A 
560 incorporated system. In order to verify the quality of laminates by incorporating 
BYK®-A 560, ultrasonic inspections were performed to check the quality of composite 
laminates. As shown in Fig.3, the ultrasonic C-Scanning pictures of BYK®-A 560 
incorporated laminates are much better than those without BYK®-A 560. Both the results of 
the optical photographs and ultrasonic inspection have indicated that the quality of composite 
laminates had been improved significantly by incorporating air release additive BYK®-A 560, 
and composite laminates with autoclave cure quality have been manufactured successfully by 
using vacuum bag cure only technique.  
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(1) Laminate [-45/0/-45/90]4S                   (2) Laminate [0]16 

Fig.2. Optical micrographs of BYK®-A 560 incorporated T700/VB-90 laminates 
 

      
(1) Laminate [0]16 without BYK®-A 560        (2) Laminates [0]16 with BYK®-A 560 

 

        

(3) Laminate [-45/0/-45/90]4S without BYK®-A 560  (4) Laminate [-45/0/-45/90]4S with BYK®-A 560  

Fig. 3. Ultrasonic C-scanning pictures of T700/VB-90 laminates 
 

3.3 Main properties of T700/VB-90 composites 
 
In order to check out the influence of BYK®-A 560 on the properties of T700/VB-90 

composites, main mechanical properties and hot/wet properties of T700/VB-90 laminates had 
been determined. As shown in Table 3, there is no significant differences between the 
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properties of laminates with and without BYK®-A 560, but a slight improvement of 
BYK®-A 560 incorporated T700/VB-90 composites can be seen in Table 3 because of the 
reduced voids in those laminates. As shown in Table 3, the vacuum bag cure laminates has 
just a very slightly higher void content than the autoclave cured laminates. Mechanical 
property testing has shown comparable results of BYK®-A 560 incorporated T700/VB-90 
laminates fabricated by vacuum bag cure to those laminates fabricated from autoclave.  

Table 4 gives the hot/wet properties of T700/VB-90 laminates with and without BYK®-A 
560. Results have indicated that the incorporation of BYK®-A 560 does not change the heat 
resistance of T700/VB-90 composite. Two of the main reasons are that the content of air 
release additive is very low (1% based resin weight) and the high percentage solvent in 
BYK®-A 560 should have been removed before the gelling point of the resin. Hot/wet 
properties indicate that the service temperature of T700/VB-90 composite can reach 90℃. 

From above results, we can deduce that vacuum bag cure only technique can produce 
T700/VB-90 laminates with low void contents (about 1%), high fiber volume (60%) and 
excellent mechanical properties (shown in Table 3), and these properties approach those 
typically expected of autoclave cured prepreg materials.  
 

Table 3  

Main mechanical properties of T700/VB-90 composite at room temperature 
Parameters With BYK®-A 560

Vacuum bag cure 
Without BYK®-A 560 

Vacuum bag cure 
With BYK®-A 560

Autoclave cure 
0º Tensile strength (MPa) 2301 2093 2356 
0º Tensile modulus (GPa) 127 128 128 
Flexural strength (MPa) 1501 1497 1499 
Flexural modulus (GPa) 116 116 116 
0ºCompressive strength (MPa) 1220 1080 1208 
Short beam shear strength (MPa) 76.5 74.5 77.0 
Void volume content,%  3.2 1.1 0.3 

All data represent the average of 5 replicates; data are not normalized and based on actual thickness, and fiber volume 
content in all tested laminates is 60-64%; 0.4MPa was applied during the autoclave cured process; void volume content was 
determined using ASTM D3171 testing method.  

 
Table 4  

Hot/wet properties of T700/VB-90 composite 
Parameters Test conditions With BYK®-A 560 Without BYK®-A 560

Flexural strength (MPa) 
RT (dry) 1501 1497 

90  (dry)℃ 1241 1262 
90  (wet)℃ 1081 1062 

Flexural modulus (GPa) 
RT (dry) 116 116 

90 (dry)℃ 119 119 
90  (wet)℃ 120 117 

Short beam shear strength (MPa) 
RT (dry) 76.5 74.5 

90 (dry)℃ 55.6 54.0 
90 (wet)℃ 42.8 41.0 

Tg ( )℃  (dry) 162 162 
Note: the wet coupons were immersed in 95℃-100  distilled water for 48h.℃  

 

4. Conclusion 
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Analyses of the principles of air release additive removing air bubbles in the resin have 
indicated the void volume contents in advanced composite can be reduced by incorporating 
air release additive. The qualities of T700/VB-90 composite have been improved significantly 
by incorporating air release additive BYK®-A 560. Mechanical properties and hot/wet tests 
have proved that there is no negative influence of BYK®-A 560 on the main mechanical 
properties and heat resistance of T700/VB-90 composite which can be serviced as high as 
90℃ as a structure material. The laminates manufactured from BYK®-A 560 incorporated 
T700/VB-90 prepreg by using vacuum bag cure only technique have excellent mechanical 
properties with autoclave cure quality to meet aerospace application requirements. 
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1. Introduction  

In the literature, static and fatigue failure criteria 

for unidirectional (UD) composites are mostly 

based on macromechanical quantities as the 

nominal stresses in the material coordinate 

system, which are often involved in a polynomial 

expression describing the failure condition. Tsai-

Hill and Tsai-Wu criteria are classical examples 

for the static behaviour. An improvement to them 

is achieved by Puck’s polynomial criterion [1], 

since it involves the macroscopic stresses lying on 

the fracture plane. However it is always a 

macroscopic criterion, based on 

phenomenological expressions which do not 

account for the actual damage mechanisms at the 

microscopic scale. Concerning the fatigue 

behaviour, some empirical criteria are available in 

the literature, providing sometimes not accurate 

predictions, as discussed in [2]. In addition, 

Kawai [3] extended the Tsai-Hill polynomial 

criterion to fatigue, combining it with a 

continuum damage model, but without taking into 

account the different damage mechanisms 

responsible for the fatigue failure. Moreover, the 

fact of describing with one only equation the 

fatigue behaviour for both fibre and matrix-

dominated response seems not to have a physical 

meaning, according to the authors' opinion. 

Before Kawai, Hashin and Rotem [4] proposed a 

polynomial criterion, separating the fibre and the 

matrix dominated behaviours, which have to be 

described with different expressions, whose 

application depends on which is the critical 

component in the composite lamina (fibre or 

matrix). In particular, for the matrix dominated 

behaviour they proposed a polynomial expression 

involving the transverse and in plane shear 

stresses, weighted by means of fatigue functions 

to be experimentally calibrated. Therefore, in 

spite of the merit of treating separately the fibre 

and matrix dominated behaviours, this criterion 

still considers the macroscopic nominal stresses, 

involved in a phenomenological expression. 

Concerning the non-fibre dominated behaviour, 

some efforts in the direction of considering the 

local stresses (or micro-stresses) acting in the 

matrix have been presented by Reifsneider and 

Gao in 1991 [5]. They used the Mori-Tanaka 

theory in order to evaluate the average transverse 

stress and in-plane shear stress in the matrix, and 

involved them in a criterion similar to that of 

Hashin, using some fatigue function of empirical 

derivation. In spite of the use of the local average 

stresses, this is still a phenomenological criterion, 

and it requires a large experimental effort for the 

model calibration. In 1999 Plumtree and Cheng 

[6] developed a model based on the local stresses 

acting on the fracture plane, defined as the plane 

normal to the transverse direction. According to 

this choice for the fracture plane, the relevant 

stresses turned out to be the local transverse and 

in plane shear stresses only, calculated by means 

of Finite Element (FE) analyses of a fibre-matrix 

unit cell. In addition they took inspiration from 

the Smith-Watson-Topper (SWT) criterion for 

metals [7] to account for the presence of a non 

zero mean stress. 

The aim of the present work is to define a 

physically based criterion, suitable to describe the 

non-fibre dominated fatigue behaviour, in terms 

of crack initiation, of UD laminae subjected to 

multiaxial loading, characterized by the presence 

of the in-plane stress components σ1, σ2 and σ6 

(see figure 1 for the definition of stresses). 

The proposed model is based on the damage 

modes experimentally observed by the present 

authors [8] and from the literature, as will be 

better explained in the next section. Its application 

ICCM19 3374



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

 

to a large bulk of experimental data reveals a good 

accuracy. 

 

 

 

Fig. 1: Global and material coordinate system, and 

stresses in the material coordinate system 

 

 

2. Mechanisms of fatigue failure 

 

First of all, some preliminary considerations about 

the peculiarities of fatigue failure are needed. If an 

UD lamina is subjected to a cyclic loading 

condition leading to a matrix-dominated response, 

it fails without a visible progressive damage [8-

10]. This means that a stable crack propagation is 

not observed and, conversely, when a macro-

crack (visible crack) nucleates, it propagates 

unstably bringing the lamina to the complete 

fracture in just few cycles.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Therefore, from many experimental evidences, it 

can be concluded that the matrix-dominated 

fatigue failure is controlled by the initiation phase, 

if the word “initiation” is referred to a macro-

crack parallel to the fibres. However, at a 

microscopic level, a sort of degradation process 

has to take place during fatigue life, otherwise the 

decreasing trend of the fatigue S-N curves cannot 

be explained [11]. As a consequence, a driving 

force for the micro-damage progression leading to 

the final macro-crack onset has to be established, 

and it cannot be done regardless of the damage 

modes at the microscopic scale, responsible for 

the macro-crack initiation. In order to do that, the 

concept of the fracture plane is introduced in the 

following. As already mentioned, Puck’s criterion 

is based on the fact that the effective stresses to be 

considered as the cause of the static failure are the 

stresses lying on the fracture plane. 

According to Puck, in the case of positive values 

of σ2 and σ6, the fracture plane is always the plane 

whose normal is the transverse direction, and 

therefore the effective stresses are simply the 

global stress components σ2 and σ6. The 

importance of the fracture plane is emphasized 

also by Plumtree and Cheng [6], and also for 

them, in the case of an off-axis lamina, the stress 

components to be accounted for are σ2 and σ6 

only, because they act on the plane normal to the 

2-direction.  
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The main merit of their criterion is that it 

considers the peak local stresses in the matrix, 

resulting from the concentrations due the presence 

of the fibres, instead of the global stresses. 

It is important to underline that the fracture plane 

considered by Puck and by Plumtree-Cheng is 

actually a final separation plane, it can be referred 

to as a macroscopic fracture plane. The actual 

fracture plane, in which the matrix micro-cracking 

and the degradation process occurs, is not parallel 

to the fibres, and this is confirmed by 

experimental observations of the fracture surfaces 

that can be found in [8, 9]. In figure 2 the concept 

of the local fracture plane is introduced, as the 

plane in which the micro-damage occurs by 

means of matrix micro-cracks.  

Therefore a criterion to assess the local fracture 

plane is required. In the present work, according 

to the experimental evidences, it is considered as 

the plane perpendicular to the local maximum 

principal stress. As a consequence, the effective 

stress to be considered is the Local Maximum 

Principal Stress (LMPS) in the matrix, which has 

to be calculated by considering the local stress 

fields, i.e. the micro-stresses.  

In addition, Asp et al.[12, 13] in 1996 proved that, 

since the local stress state at or close to the fibre-

matrix interface is nearly hydrostatic, in the case 

of pure transverse tension, the static failure is 

caused by the resin cavitation. Therefore a good 

criterion for predicting the composite failure in 

the case of pure transverse stress is based on 

reaching a critical value for the dilatational energy 

density expressed as 

 

2

1
6

21
I

E
Uv


     (1) 

 

where I1 is the first stress tensor invariant, which 

has to be calculated considering the local stress 

fields. In [13] good agreement was found between 

predictions based on this criterion and 

experimental results for the transverse static 

strength of a UD lamina.  

 

 

 

 

 

 

 

 

 

Therefore it is reasonable to expect a change in 

the leading damage mode moving from a loading 

condition near the pure transverse stress to 

another one, characterized by the presence of an 

enough high shear stress component. According to 

this idea the following criterion for multiaxial 

fatigue is proposed: the parameters representative 

of the driving forces for the two main damage 

mechanisms have to be used, according to the 

multiaxial condition, namely: 

- the peak value of the Local Hydrostatic Stress 

LHS = I1/3, for nearly pure transverse tension 

case; 

- the peak value of the Local Maximum Principal 

Stress (LMPS) for the other conditions, when the 

shear stress component is high enough.  

 

 

3. Calculation of the local stresses 

 

As stated above, the driving force for the 

microscopic damage evolution has to be 

expressed in terms of local stresses (or micro-

stresses) acting in the matrix and at the fibre-

matrix interface. In the present work a regular 

square fibres array is assumed for the calculation 

of the micro-stresses. Of course it is not exactly 

representative of the real composite system, 

because of the non uniform actual fibres 

distribution, but it has been shown to provide 

reliable results in terms of stress concentrations, if 

compared to a random fibre array [14]. However, 

a reasonable simplification of the problem under 

analysis has to be accepted for the definition of a  

criterion of practical use and industrial appeal. 

Because of the geometrical symmetry only one 

quarter of a unit cell can be considered for the 

calculation, as shown in figure 3. 

The local stresses have been calculated by means 

of FE analyses of a fibre-matrix unit cell 

subjected to the average, or macroscopic stresses 

σ1, σ2 and σ6. Periodic boundary conditions have 

been applied to the surfaces of the quarter of the 

unit cell as shown in [15]. In addition, also the 

residual stresses due to the cooling process after 

curing should be considered, and the thermal load 

has been applied as a uniform temperature jump 

ΔT = Tc - Tr, where Tc is the curing temperature 

and Tr is the room temperature. 
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Since the fatigue loads are lower than the static 

failure loads, the matrix behaviour is considered 

mostly linear, and therefore linear elastic analyses 

have been conducted with the software ANSYS 

11
®
 using 20 nodes solid elements.  

At each point P of the unit cell the mechanical 

micro-stresses in polar coordinates (r, θ, z) can be 

expressed in terms of stress concentration factors 

ki,jl relating the nominal external stress σi with the 

local stress σjl, as in equation (2). Finally the 

thermal stresses are related to the temperature 

jump ΔT by means of thermal concentration 

factors hjl, as in equation (2). 
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The stress concentration factors are functions of 

the fibre volume fraction Vf and the elastic 

properties of the fibre/matrix system. In the case 

of glass/epoxy composites, typical values for the 

Young moduli E and Poisson's ratio ν have been 

used in the subsequent analyses, and they are 

listed in table 1. The adopted Coefficients of 

Thermal Expansion (CTE) for the constituents are 

also listed in table 1.  

 

 
E (MPa) ν CTE (°C

-1
) 

Glass 70000 0.22 7∙10
-6

 

Epoxy 3200 0.37 67.5∙10
-6

 

Table 1: Typical glass/epoxy material properties 

used in the FE analyses 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

The peak values of the local LMPS and LHS have 

been found to be always between the points A or 

B (mostly at point A) of figure 3 where, because 

of symmetry, some stress components vanish 

leading to the following simple expressions for 

LMPS and LHS: 

 

2 2 21
4 2

2
rr zz rr rz rr zz zz

MPS σ σ σ σ σ σ σ      
 

    
 (3) 

 

3

rr θθ zzσ σ σ
LHS

 


       (4) 

 

where the stresses defined by equation (2) have to 

be substituted. According to the criterion 

proposed at the end of section 2, the LMPS 

defined in equation (3) has to be used as fatigue 

parameter in order to present fatigue S-N data for 

general multiaxial conditions, not nearly in pure 

transverse tension. Conversely, in such a 

condition the parameter LHS defined in equation 

(4) has to be used as representative of the driving 

force for damage evolution. In the following 

section the fatigue results from different literature 

works are reanalyzed in terms of LMPS and LHS. 

 

4. Application to experimental data 

4.1 Fatigue results on tubular specimens  

In [8] the authors presented the experimental 

results on glass/epoxy (G/E) pipes with the fibres 

oriented at 90° with respect to the axis of the tube, 

and subjected to combined tension-torsion cyclic 

loading, resulting in the stress components σ2 and 

σ6. A load ratio R = 0.05 was adopted. A 

parameter λ12 = σ6/σ2 was defined [2] in order to 

describe the biaxiality condition. In [8] fatigue 

curves were presented for  λ12 = 0, 1 and 2, and 

here some additional data are presented, for λ12 = 

σ2 

σ6 

σ1 

r 

θ 

A B 

P 

Fig. 3: definition of the fibre-matrix unit cell for micromechanical analysis 
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3 and ∞ (pure torsion). In figure 4a) the S-N 

curves are shown in terms of the maximum cyclic 

value of the transverse stress σ2,max, showing a 

significant influence of the biaxiality ratio on the 

fatigue resistance.  
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Fig. 4: fatigue results for tubes: maximum a) 

cyclic transverse stress and b)LMPS against the 

number of cycles to failure Nf 
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Fig. 5: fatigue results on flat [4]: maximum a) 

cyclic global stress and b) LMPS against the 

number of cycles to failure Nf 

 

In figure 4b) the fatigue data are plotted in terms 

of the maximum cyclic value of the LMPS, 

calculated by means of the micromechanical 

analysis described in section 3. It can be seen that 

the curves for λ12 ≥ 1 are reasonably well 

collapsed into a narrow scatter band, indicating 

that, in these conditions, the LMPS is 

representative of the driving force for the damage 

evolution bringing the lamina to the fatigue 

failure. Conversely, lower values of LMPS are 

found for the curve corresponding to λ12 = 0 (pure 

transverse stress). This is not surprising, since the 

hydrostatic component of the stress tensor 

becomes dominant in such a condition, becoming 

the leading driving force for the damage 

evolution, as reported in section 2. In fact, if all 

the curves are plotted in terms of the local value 

of LHS, the pure tension curve would be higher 

than the others. The figure is not shown for a 

matter of space, but the distribution of fatigue data 

is similar to that observed in figure 4a), being 

LHS dependent on σ2 and on the residual stresses 

only. 

 

4.2 Fatigue results on flat specimens from Hashin 

and Rotem [4] 

Hashin and Rotem [4] presented the results of 

fatigue tests on flat UD G/E laminae subjected to 

off-axis loading with R = 0.1, resulting in a 

multiaxial state with the presence of all the three 

in-plane stress components. In figure 5a) the 

results are shown in terms of the maximum cyclic 

value of the global applied stress in the loading 

direction σx,max. Different fatigue curves are 

related to different off-axis angles, if plotted in 

terms of the global stress, but they are well 

collapsed into a single scatter band when LMPS is 

used to present fatigue data, as can be seen in 

figure 5b). 

In this case all the curves, for off-axis angles from 

5 to 60 degrees, are well described by the LMPS, 

which turns out to be once again a suitable 

parameter to represent the driving force for 

fatigue damage in loading conditions far from the 

pure transverse stress. 

 

 

4.3 Fatigue results on flat specimens from El Kadi 

and Ellyin[10] 

 

In [10] El-Kadi and Ellyin tested flat 

unidirectional G/E specimens subjected to cyclic 

off-axis loading with three values of the load ratio 

R (-1, 0, 0.5). In the following only the results for 

a) 

b) 

a) 

b) 
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R = 0 are shown for a matter of space, but the case 

of R = 0.5 leads to very similar conclusions.  

Due to a change in the damage mechanism the 

model cannot be directly applied for tension-

compression loading. 

Figure 6 shows that different fatigue curves are 

obtained if the results are expressed in terms of 

the maximum applied stress in the loading 

direction. 
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Fig. 6: fatigue results on flat [10]: maximum 

cyclic global stress against the number of cycles 

to failure Nf 

 

In figure 7a) the results are reanalyzed in terms of  

LMPS, where it can be noticed that the curves for 

off-axis angles of 19 and 45 degrees can be 

reasonably thought to be collapsed into a single 

scatter band, while the other curves clearly exhibit 

lower values of LMPS. In fact these curves are 

related to loading conditions characterized by a 

highly hydrostatical local stress state and they 

exhibit higher values of LHS, as can be seen in 

figure 7b). The curve for 45° seems to be included 

in both the scatter bands, in terms of LMPS and 

LHS, and this is probably because it is 

representative of a stress state close to the 

transition zone from one leading damage mode to 

the other. 

 

5. Damage evolution in multidirectional 

laminates 

 

In paragraph 4 it has been shown that only 

two scatter bands, in terms of LHS and 

LMPS, are suitable to describe the multiaxial 

fatigue behaviour of UD laminae, when the 

shear stress component is very low or high 

enough respectively, compared to the 

transverse stress. The so obtained master curves 

and scatter bands can therefore be used to predict 

the fatigue life of a unidirectional lamina in 

multiaxial conditions. It is once again reminded 

that the present model can be used only for the 

prediction of a macro-crack initiation, which, in 

the case of a UD lamina, corresponds to the final 

failure since it is not subjected to a stable 

propagation or crack multiplication process. 
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Fig. 7: fatigue results on flat [10]: maximum a) 

LMPS and b) LHS against the number of cycles to 

failure Nf 

  

 

In most of practical applications, multidirectional 

laminates made of UD laminae are used, and their 
fatigue life is characterized by the nucleation of 

multiple cracks in the off-axis plies [16].  

This kind of damage is usually described in 

terms of crack density evolution during 

fatigue life, whose effect is the degradation of 

the global elastic properties of the laminate.  

For this reason it is important to be able to 

predict the crack density evolution during the 

fatigue life of a multidirectional laminate. To 

this aim a semi-analytical procedure is being 

developed by the present authors. It is based 

on the idea that the initiation of cracks in the 

off-axis plies is controlled by the matrix-

dominated fatigue behaviour of the single UD 

lamina, which has been shown to be 

successfully described by representing the S-

N curves in terms of LHS and LMPS 

parameters. Being them local quantities, a 

multiscale analysis is required, involving the 

a) 

b) 
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following steps, briefly summarised in the 

following. 

1) Calculation of ply stresses in each layer, 

with the possible presence of off-axis cracks, 

and therefore considering the stress 

redistribution between them and between 

layers; 
2) Calculation of micro-stresses (or local stresses) 

by means of a fibre-matrix unit cell subjected to 

periodic boundary conditions; 

3) Calculation of the fatigue parameters LHS and 

LMPS; 

4) According to the multiaxiality condition, 

calculation of the life spent for the nucleation of a 

new crack, by using the LHS of LMPS master 

curves for the material considered; 

5) Coming back to point 1). 

In the application of step 4) many aspects of 

fundamental importance have to be considered, as 

the statistical distribution of fatigue strength, the 

constraining effect due to the presence of other 

plies and sequence effect due to the fact that, 

because of  load redistribution after cracking, the 

local cycles amplitude continuously changes 

during fatigue life. 

For a more detailed description of the procedure 

and its validation, we refer the reader to a work 

which is being published by the authors [17]. 

 

 

6. Discussion and conclusions 

 

A criterion for the description of the non-fibre 

dominated fatigue behaviour of UD laminae has 

been proposed, suitable to deal with multiaxial 

conditions. The aim of the work was to identify 

the parameters representative of the driving force 

for the damage evolution during fatigue life. 

According to experimental observations [8], the 

concept of the local fracture plane has been 

introduced and it has been identified as the plane 

normal to the Local Maximum Principal Stress 

(LMPS) calculated by means of micromechanical 

analyses. The LMPS parameter has been found to 

collapse in one single scatter band the fatigue 

curves related to multiaxial loading conditions, 

not in nearly pure transverse stress. In fact in such 

conditions the local stress state in the matrix is 

highly hydrostatical, and it is reasonable to 

assume that this produces a change in the leading 

damage mode. In this work the local value of the 

hydrostatic stress LHS has been shown to be a 

suitable parameter to collect fatigue data in the 

case of loading conditions with a low shear stress, 

compared to the transverse stress. Therefore only 

two scatter bands, and related master curves, can 

be used for multiaxial fatigue design of composite 

laminae, depending on the multiaxial stress state. 

The condition corresponding to the transition 

between the two leading damage modes is a 

property of the composite system. 

The proposed criterion can be used as a basis for 

the development of a semi-analytical procedure 

for the prediction of the crack density evolution in 

multidirectional laminates under fatigue loading. 
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1. Introduction  
 
Fiber-reinforced plastics are composite 
materials consisting of polymer matrix and fiber 
reinforcement. Common fibers used for 
composite materials include glass, carbon and 
other inorganic fibers. The reinforcement of 
polymer matrix with fibers enhances the 
mechanical properties such as tensile strength 
and stiffness; and renders the final composite 
product useful in applications where a 
lightweight high-strength material is required. 
 
The polymer matrix of composite materials can 
be thermoplastic or thermoset resins, depending 
on the requirements of specific applications. 
Thermoset resins consist of low molecular 
weight monomers or oligomers. Typically 
thermoset resin starts as a low viscosity liquid, 
which enables fast resin impregnation of 
reinforcing fibers. After resin impregnation, 
thermoset resin can be cured to form cross-
linked structure, changing its state from a liquid 
to a solid. However, once cured thermoset resins 
are not thermoformable; and the resulting 
compiste materials are not recyclable. Due to 
the crosslinked structure of resin matrix, 
thermoset composites typically lack impact 
resistance. In addition, thermoset resins and 
their intermediate materials, such as pre-pregs, 
have limited shelf life.   
 
On the other hand, thermoplastic resins are 
recyclable and thermoformable. Compared with 
their thermoset counterparts, thermoplastic 
resins have superior properties such as high 
toughness and impact resistance. Due to these 
unique properties, thermoplastic composites are 

gaining more interest over the past decades. In 
addition, thermoplastic resins and their 
intermediates (pre-pregs, consolidated laminates 
such as organo-sheets) have unlimited shelf life. 
Traditionally thermoplastic composite materials 
have been manufactured by melt processing 
processes, such as pre-pregging and 
compression molding.  
 
Despite the fact that thermoplastic composites 
have the above-mentioned advantages over their 
thermoset counterparts, so far their applications 
have been limited, especially in structural 
applications where large continuous fiber 
reinforced composite parts are needed, due to 
the following drawbacks:  
(1) The very high melt viscosity of 
thermoplastic polymers significantly slows 
down resin impregnation and fiber wet-out; 
therefore the achievable part size and thickness 
of thermoplastic composites are limited.  
(2) Currently, continuous fiber reinforced 
thermoplastics typically requires the use of 
intermediate materials such as pre-pregs or 
organo-sheets, which adds to the material costs 
significantly. 
(3) The fiber-to-matrix interface of 
thermoplastic composites produced from melt 
processing is often low, because of the 
significantly lower reactivity of thermoplastic 
polymers than the monomeric/oligomeric 
percursors for thermosets.  
(4) Tooling and equipment costs for the 
melt processing of thermoplastic resins are 
typically very high, due to the need of high 
pressure and high temperature.  
 
To overcome the high melt viscosity of 
thermoplastic resins and make them suitable for 
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liquid molding processes, reactive thermoplastic 
resins have been developed for thermoplastic 
composites. Reactive resin systems, such as the 
anionic ring-opening polymerization of 
caprolactam to form polyamide-6, overcome the 
limitations of traditional thermoplastic resins by 
starting with low-viscosity monomers or 
oligomers, very much like thermoset resins. 
Therefore reactive thermoplastic resin combines 
the best of the two resin systems – the process 
advantages of thermoset resin and the property 
advantages of thermoplastic resin. 
 
For example, caprolactam has a melt viscosity 
that is orders of magnitude lower than typical 
polyamide-6 melt. The water-like caprolactam 
melt allows rapid resin impregnation and 
complete fiber wet-out without the need for high 
temperature and high pressure. The subsequent 
in-situ polymerization of caprolactam, in the 
presence of reinforcing fibers, forms high 
molecular weight polyamide-6. Unlike the 
conventional thermoplastic polymer melt 
process, the extremely low viscosity of 
caprolactam allows the use of structural 
molding process, such as resin transfer molding 
(RTM), with continuous fiber reinforcement to 
produce structural composite part. Excellent 
resin impregnation of continuous fiber 
reinforcement, such as glass fiber woven fabric, 
by caprolactam melt can be achieved within 
significantly reduced impregnation time.  
 
In addition, the reactive thermoplastic resin 
systems require significantly lower processing 
temperatures, as compared to the corresponding 
polymer melt processing systems. Therefore the 
tooling cost and energy usage will be reduced. 
These reactive resin systems enable the efficient 
production of thermoplastic composites with the 
processing techniques traditionally designed for 
low-viscosity thermoset resins. 
 
In this research, reactive resin transfer molding 
of caprolactam was used to prepare high-
performance continuous glass fiber reinforced 
polyamide-6 composites suitable for structural 
applications. Mechanical testing of the resulting 
composite panels demonstrated that the 

continuous fiber reinforced polyamide-6 based 
composites have comparable mechanical 
strengths to epoxy- and polyurethane-based 
thermoset composites, and superior toughness 
and impact resistance. In addition, by coupling 
ring-opening polymerization activator to glass 
fibers, the bonding between glass fiber and 
polyamide-6 matrix was enhanced, resulting in 
significant improvement in mechanical 
properties of the composite materials. 
 
 
2. Experimental  
 
2.1. Preparation of unidirectional stitched 
glass fiber fabric reinforcement  
 
1,200 tex fiber glass rovings were weaved to a 
unidirectional stitched fabric with the area 
weight of 670 g/m2. Six layers of the 
unidirectional fabric were stacked in an 
alternate 0/90° layup; and the 6-layer stack was 
then cut to 400 mm×400 mm and placed into a 
mold as reinforcement for the preparation of the 
composite panel via resin transfer molding, as 
described in Section 2.2.  
 
2.2. Resin transfer molding and in-situ ring-
opening polymerization of caprolactam 
 
Two heated tanks were used for melting 
caprolactam-catalyst and caprolactam-activator 
mixtures separately.  Into the first tank, 1,000 
grams of caprolactam (Brüggemann, AP Nylon 
grade) and 82.4 grams of Bruggolen C10 
(Brüggemann, contains 17-19% sodium 
caprolactamate) were added and the mixture 
was melted at 110°C. Separately, 1,000 grams 
of caprolactam (Brüggemann, AP Nylon grade) 
and 27.0 grams of Bruggolen C20 
(Brüggemann, contains 80% caprolactam 
hexane di-isocyanate) were added to the second 
tank; and the mixture was melted at 110°C. 
 
The melts from the two tanks were then mixed 
at a 1:1 ratio in a static mixer, before the 
reactive mixture was injected into the mold.  
The reactive mixture in this example contains 
0.6 mol% of active catalyst (sodium 
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caprolactamate) and 0.3 mol% of active 
activator (caprolactam hexane di-isocyanate). 
 
After the reactive mixture was injected into the 
mold, the mold temperature was raised to 160°C 
to polymerize caprolactam in situ in the 
presence of glass fabric reinforcement.  The 
resulting composite panels have a glass content 
of 70% by weight.   
 
2.3. Test methods 

 
2.3.1. Tensile strength 
Tensile strength of the composite samples was 
tested based on ISO 527-3 standard (Type 2 
sample).  A gauge length of 150 mm and a 
testing speed of 2 mm/min were used for 
testing. For each composite panel, eight samples 
of 250 mm in length and 25 mm in width were 
cut for tensile tests. 
 
2.3.2. Interlaminar Shear Strength (ILSS) 
ILSS tests were conducted based on ASTM 
2344 standard. A span length of 12 mm and a 
testing speed of 1 mm/min were used for 
testing.  For each composite panel, 10 samples 
of 40 mm in length and 6 mm in width were cut 
for ILSS tests. 
 
2.3.3. Flexural strength 
Flexural strength tests were conducted based on 
ISO 178 standard.  A span length of 48 mm and 
a testing speed of 1 mm/min were used for 

testing.  For each composite panel, 10 samples 
of 60 mm in length and 25 mm in width were 
cut for flexural strength tests. 
 
 
3. Results and Discussion 
 
3.1 Anionic polymerization of caprolactam 
  
Among reactive thermoplastic resin systems, 
one of the most studied is the anionic ring-
opening polymerization of caprolactam to 
produce polyamide-6. Ring-opening 
polymerization of caprolactam requires a 
catalyst and an activator in addition to 
caprolactam monomer. Typical caprolactam 
resin system used for molding processes 
consists of two components, i.e. a monomer-
catalyst mixture and a monomer-activator 
mixture, respectively. The two mixtures are 
melted in two separate tanks and then mixed 
together in a mixing chamber prior to resin 
injection. Figure 1 shows the reaction scheme of 
ring-opening polymerization of caprolactam 
using sodium caprolactam as the catalyst and 
acylcaprolactam as the activator.  

 
Caprolactam has a melting temperature of 69°C 
and a melt viscosity of 3.6 mPa·s at 110°C. 
Because of its water-like viscosity, caprolactam 
can be used in various structural molding 
processes, such as resin transfer molding, 
structural reaction injection molding (SRIM), 
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and vacuum infusion.   
 
Due to the nature of anionic polymerization, 
ring-opening polymerization of caprolactam is 
very sensitive to proton-donating agents or 
oxygen. Proton-donating agents, such as water, 
acids and alcohols, have to be removed from the 
polymerization system; otherwise they will 
deactivate the highly reactive anionic species in 
the polymerization mixture, causing termination 
or incomplete polymerization. All the 
polymerization ingredients and the reinforcing 
fibers have to be as moisture-free as possible to 
ensure high monomer conversion. Fortunately, 
in a closed molding system, such as RTM, dry 
reinforcing fibers and polymerization 
ingredients can be kept under a nitrogen-
protected environment to prevent moisture 
uptake from the ambient, without adding 
significant cost to the process. It has been 
demonstrated in our RTM experiments that a 
high monomer conversion (>97%) can be 
achieved by pre-drying reinforcing fiber glass 
fabric and using polymerization ingredients of 
very low moisture content, such as caprolactam 
of AP Nylon grade. 
 
Additionally, the sizing chemistry for fibers has 
to be designed to be compatible with the 
polymerization system. Any proton-donating 
materials in the sizing formulation will 
deactivate anionic catalyst, causing incomplete 
polymerization and weak fiber-resin interphase. 
Therefore, proton-donating ingredients need to 
be avoided or minimized in the sizing 
formulation designed for reactive caprolactam 
resin system.  
 
3.2 Polyamide-6 composite from reactive 
resin transfer molding 
 
High-performance continuous glass fiber 
reinforced polyamide-6 composites suitable for 
structural applications have been produced 
using processing techniques such as reactive 
resin transfer molding. It has been demonstrated 
that the continuous fiber reinforced polyamide-6 
based composites have comparable mechanical 
strengths to epoxy- and polyurethane-based 

thermoset composites, and superior toughness 
and impact resistance. These thermoplastic 
composites can be thermal-formed, welded and 
recycled. Potential applications include highly 
loaded structural automotive parts.  
 
Figure 2 shows a scanning electron microscopy 
(SEM) micrograph of stitched fabric used in this 
study. As can be seen in the micrograph, 
bundles of glass fibers are tied closely by 
stitches in the stitched fabric. Therefore it is 
very critical to have a resin system with very 
low viscosity so that the complete resin 
impregnation and fiber wet-out can be achieved 
in a short period of time. For example, the 
complete resin impregnation of the 6-layer stack 
of stitched glass fabric used in this study can be 
achieved with the water-like caprolactam melt 
within seconds. 
 

 
Fig. 2.  SEM micrograph of stitched 
unidirectional glass fabric used in this study. 
 
After the completion of resin impregnation, the 
mold temperature was raised to the 
polymerization temperature of caprolactam, for 
example 160°C, to form polyamide-6 in-situ. 
Figure 3 shows a SEM micrograph of the cross-
section of polyamide-6/glass fiber composite. In 
this back-scattered electron microscopy image, 
the bright areas are the fiber reinforcement, and 
the grey areas are the polyamide-6 matrix. One 
can clearly see the six layers of stitched 
unidirectional glass fabric in an alternate 0/90° 
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layup fashion. The rovings perpendicular to the 
cross-section plane shows as the ellipse shape. 
The completed resin impregnation can be seen 
throughout the entire thickness of composite 
panel. A closer look of the cross-section of the 
roving in the composite indicated the complete 
fiber wet-out, as shown in Figure 4. These SEM 
micrographs clearly demonstrated the 
advantages of low-viscosity reactive 
thermoplastic resins in resin impregnation and 
fiber wet-out, which is unmatchable by the 
conventional melt processing of thermoplastic 
polymers. 
    

 
 
Fig. 3.  SEM micrograph of the cross-section of 
the composite panel consisting of polyamide-6 
matrix and a 6-layer 0/90° stack of stitched 
glass fiber fabric. 
 
 

 
 
Fig. 4.  High-magnification SEM micrograph 
showing the complete fiber wet-out in the 
polyamide-6 composite. 
 
 

As expected, the resulting continuous fiber-
reinforced polyamide-6 composites have 
superior impact resistance. Figure 5 shows a 
digital photograph of the impact zone of the 
polyamide-6 composite panel from the falling 
dart impact test (using the hemispherical impact 
tip of 0.5 inch in diameter). The impact tests 
showed the damage by the falling dart was 
confined in the area where the dart hit; and no 
apparent damage was observed in the area 
outside of the impact zone.  
 

 
 
Fig. 5.  Photograph of the impact zone (back 
side) of polyamide-6/glass fabric composite 
panel from the falling dart impact test.  
 

 
 
Fig. 6.  Photograph of the impact zone (back 
side) of epoxy/glass fabric composite panel 
from the falling dart impact test. Epoxy resin: 
Huntsman Epoxy 3585 with XB 3458 hardener 
(100/19). 
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On the other hand, composites with thermoset 
matrix resins, such as epoxy, are brittle and 
therefore are less impact-resistant. As shown in 
Figure 6, the impact tests of an epoxy composite 
panel reinforced with the same glass fabric 
showed that the damage propagated outward 
from the impact zone. The degree of damage is 
significantly higher for epoxy composites than 
that for polyamide-6 composites, due to the 
brittleness of thermoset resins. 
 
 
3.3 Reactive fiber glass  
 
In the field of glass fiber-reinforced polymer 
composite, it is well known that the interfacial 
strength between fiber and polymer matrix plays 
a critical role in the mechanical performance of 
composite material. If there is a strong 
interfacial bonding between glass fibers and 
resin matrix, the stress can be transmitted from 
the matrix phase to glass fibers, thereby 
maximizing the overall composite strength. If 
the bonding between the matrix phase and the 
reinforcing fibers is too weak to transmit the 
stress, then reinforcing fibers can slip out of the 
matrix and the strength of the fibers will not be 
transmitted to the matrix. 
 
Unfortunately for thermoplastic composites 
produced by conventional polymer melt 
processing techniques, the potential in the 
composite mechanical properties has not always 
been fully realized, due largely to the poor fiber-
to-matrix interface. For example, the fatigue 
performance of thermoplastic composites is 
often disappointingly low, despite the high 
toughness of thermoplastic matrix resin [1]. 
Fatigue resistance is critical for applications 
where the composite parts are subject to high-
frequency cyclic loadings. As an example, wind 
turbine blade is subjected to a total of 109 cyclic 
loadings during its entire lifetime, which renders 
the fatigue resistance one of the most critical 
properties.  
 
In order to improve the interfacial adhesion 
between glass fibers and polymer matrix, glass 

fibers are typically treated with a sizing 
composition after they are drawn from bushing. 
Typically this is achieved by using silane 
coupling agent in the sizing for glass fiber. The 
functional groups on the silane coupling agent 
add to the adhesion through physical and/or 
covalent bonding. Covalent bonding is prefered, 
as it is much stronger and more durable than 
physical bonding. Covalent bonding not only 
improves the mechanical properties but also the 
aging performance of composite materials.  
 
For thermoplastic polymers such as polyamides, 
the challenge in promoting adhesion through 
silane coupling agents is far greater than 
thermosets which start with monomeric or 
oligomeric precursors of higher reactivity. For 
conventional thermoplastic composites, the 
silane coupling agents on reinforcing fibers 
must react with the polymer but not the 
monomeric/oligomeric precursors. The low 
reactivity of many thermoplastic polymers 
significantly limits the avenues for coupling 
reaction.  
 
For reactive thermoplastic resins systems, 
however, silane coupling agents can be chosen 
such that they can react with 
monomers/oligomers, similar to the case of 
thermoset resins. For example, for the ring-
opening polymerization of caprolactam, a silane 
coupling agent possessing a polymerization 
activator group can be used to covalently bond 
activator functionality to glass fiber. The 
bonded activator renders the glass fibers 
reactive and enables the grafting of polyamide-6 
chains directly from glass fibers; therefore the 
interfacial strength between glass fiber and 
polyamide-6 resin matrix is greatly enhanced.  
 
The coupling silane-activator can be represented 
as shown in formula 1: 
 
S-X-A      (1) 
 
wherein S represents a silane coupling moiety 
capable of bonding to the surface of glass fiber; 
A represents a ring-opening polymerization 
activator moiety; and X represents a linking 
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moiety capable of linking the S moiety and the 
A moiety.  A may be an N-substituted imide 
group that serves as the activator in the anionic 
ring-opening polymerization of lactams. Such 
polymerization is well known in literature [2-5]. 
One example of the coupling activator for ring-
opening polymerization of caprolactam is 2-
oxo-N-(3-triethoxysilyl)-propyl-azepane-1-
carboxamide [6]. 
 
The reactive glass, which contain surface-
bonded activator moiety, can be placed in a 
mold in the form of woven or nonwoven fabrics, 
nonwoven mats, rovings, etc. The subsequent 
in-situ ring-opening polymerization of lactam 
monomers from glass surface forms polyamide 
chains with one chain end covalently bonded to 
glass surface. 
 
Figures 7-8 show typical SEM micrographs of 
polyamide-6 based composites reinforced by a 
commercial non-reactive glass (Figure 7) and a 
reactive glass treated with a coupling activator, 
2-oxo-N-(3-triethoxysilyl)propyl)azepane-1-
carboxamide (Figure 8). In the case of glass 
fiber treated with a sizing containing no silane-
activator, the poor resin-glass interface leads to 
failure at the fiber-resin interface (Figure 7). 
While for the glass fiber treated with a silane-
activator, high degree of resin-glass bonding 
was achieved and the failure in the composite 
occurs within the resin matrix (Figure 8).  
 
By covalently bonding thermoplastic resins to 
glass fibers through the coupling silane-
activator, the mechanical properties of 
polyamide-6 composites are improved 
significantly, as shown in Figure 9. Compared 
with the composite reinforced with non-reactive 
glass, the interlaminar shear strength, flexural 
strength, and tensile strength were improved by 
using a reactive glass possessing surface-bonded 
activator.  
 

Fig. 7. SEM image of the polyamide-6 based 
composite reinforced by fiber glass coated with a 
sizing containing no coupling activator. 
 

 
Fig. 8. SEM image of the polyamide-6 based 
composite reinforced by fiber glass coated with a 
reactive sizing containing a coupling activator. 
 

 
Fig. 9. Improvements in mechanical properties 
of polyamide-6 composites reinforced with 
reactive glass vs. non-reactive glass. 
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4. Summary 
 

Fiber-reinforced thermoplastic composites are 
gaining increasing interest due to their superior 
impact resistance, weldability and recyclability. 
However, due to the high melt viscosity of 
thermoplastic resins, conventional melting 
processing techniques for thermoplastic 
composites have significant limitations in part 
size and thickness, and are not suitable for 
structural molding process.  
 
Reactive thermoplastic resins, which start with 
monomers or low molecular weight oligomers, 
overcome the viscosity issue of the conventional 
thermoplastic resin systems. Anionic ring-
opening polymerization of caprolactam, for 
example, starts with water-like caprolactam 
melt, can be used in structural molding process 
traditionally designed for thermoset resins. High 
performance continuous glass fiber reinforced 
polyamide-6 composites can be produced 
through reactive resin transfer molding.  
 
Furthermore, by covalently bonding ring-
opening polymerization activator to glass fibers, 
the interfacial strength between polyamide-6 
matrix and glass fibers can be greatly enhanced; 
resulting in significant improvement in 
mechanical strengths of composite materials.    
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1 Introduction  
Syntactic foams are particulate composite materials 
fabricated by dispersing hollow microspheres within 
a matrix, see for example [1]. Due to their 
advantageous characteristics, including reduced 
material density [2, 3], improved mechanical 
properties [4, 5], and excellent stability against 
moisture absorption and thermal expansion [6, 7], 
syntactic foams are widely employed as core 
materials in sandwich structures for marine and 
aerospace applications [8]. 
Significant research efforts have been devoted to the 
study of failure mechanisms of syntactic foams 
under compressive loading. Specifically, particle 
crushing has been identified as the main determinant 
of failure of vinyl ester-glass and epoxy-glass 
syntactic foams under compressive loading [8].  
Numerical studies in [9] have evidenced that 
different radius-to-thickness ratios may promote 
qualitatively different failure modes for isolated 
glass microballoons subject to uniaxial compressive 
loading. In particular, brittle fracture is mainly 
observed for relatively thick particles while thinner 
microballoons are likely to fail under buckling. 
Buckling of a spherical shell embedded in an 
infinitely extended elastic matrix subject to uniaxial 
remote stress has been analytically investigated in 
[10]. The approach presented therein is based on 
nonlinear Koiter shell theory, coupled with a linear 
analysis to compute the pre-buckled configuration of 
the shell and a simplified expression for the elastic 
energy associated with the virtual displacements. 
The framework proposed in [10] relies on the 
modeling assumption of perfect interfacial bonding 
between the shell and the surrounding matrix. While 
such hypothesis is usually adopted in the literature 
on buckling of structures embedded in infinite 
media, see for example [11], interfacial debonding 
has been shown to remarkably affect the mechanical 

behavior of syntactic foams, see for example [12-
14]. Specifically, in [12], the effect of bonding 
stiffness on the effective elastic properties of 
syntactic foams is studied by introducing a 
compliant inclusion-matrix interface model. In [13, 
14], inclusion-matrix debonding in syntactic foams 
is investigated by studying two spherical cap cracks 
at the poles of a single inclusion embedded in a 
dissimilar matrix under remote tensile load.  
Several imperfect bonding models have been 
proposed in the literature to describe the traction-
displacement conditions at the inclusion-matrix 
interface, including the classical linear spring 
interface model [12, 15], the dislocation-like model 
[16], and various nonlinear interface models, see for 
example [17]. However, imperfect bonding at the 
inclusion-matrix interface has not been considered in 
the literature on syntactic foam buckling. 
The objective of this study is to understand the effect 
of inclusion-matrix interface conditions on the 
mechanics of failure of particle reinforcements in 
vinyl ester-glass syntactic foams. In particular, we 
analyze nonlinear axisymmetric buckling of a single 
spherical shell embedded in an infinite elastic matrix 
under a compressive remote load in the presence of 
imperfect bonding conditions. We employ nonlinear 
Donnell’s shell theory and elasticity theory to derive 
stress and displacement fields in the inclusion and in 
the matrix, respectively. To enforce traction 
continuity between the inclusion and the matrix, we 
use the classical linear spring model [12, 15], in 
which interfacial bonding depends on two 
parameters describing the radial and shear stiffness 
of the interface. Variational methods are used to 
formulate the shell nonlinear differential equations, 
which are then reduced to algebraic form through a 
Galerkin projection on spherical harmonic basis 
functions. The governing equations are 
incrementally and iteratively solved by using a 
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modified Newton-Raphson (MNR) method. 
Occurrence of shell buckling under remote 
compressive loading is identified by analyzing the 
eigenvalues of the tangent stiffness matrix arising in 
the linearization step of the MNR scheme. Results 
are specialized to glass particle-vinyl ester matrix 
syntactic foams. Parametric studies elucidate the 
effect of inclusion thickness and interface stiffness 
parameters on the critical loads and stress fields of 
the embedded inclusion.  
Through comparison against published experimental 
results in [8], we find that, while interfacial bonding 
conditions play an important role in shaping the 
mechanical response of the composite, vinyl ester-
glass syntactic foams compressive failure is unlikely 
to be ascribed to microballoon buckling. 

 

2 Problem statement 

We consider a single hollow spherical inclusion with 
mean radius R and wall thickness h embedded in an 
infinitely extended matrix, see Fig. 1. The 
constituents’ materials are assumed to be linear 
elastic, isotropic, and homogeneous. The subscripts 
m and s identify the matrix and inclusion materials, 
respectively. We introduce a spherical coordinates 
system (r, θ, ), where r is the radial coordinate, θ is 
the meridional direction, and  is the circumferential 
direction. Due to loading conditions and geometry, 
we assume cylindrical symmetry with respect to the 
y axis so that the displacement component along the 
circumferential direction v is zero and the radial and 
meridional components of the displacement, that is, 
vr and vθ, respectively, are independent of . 
Therefore, the original three-dimensional problem is 
reduced to a two-dimensional one. In addition, 
symmetry with respect to the y axis is expressed as, 
see [13], 

/2

( , )
0, ( , / 2) 0rr

r

r
r  

   
 


 


                 (1a) 

/2

( , )
0, ( , / 2) 0r

r

v r
v r  

 
 


 


                   (1b) 

Similarly, symmetry with respect to the plane y=0 
yields 

( , / 2 ) ( , / 2 ), ( , / 2) 0r rv r v r v r           (2a) 

( , / 2 ) ( , / 2 )rr rrr r                                (2b) 

( , / 2 ) ( , / 2 ), ( , / 2) 0r r rr r r              (2c) 

To study buckling under the uniaxial remote 
compressive load, the inclusion is modeled using 
Donnell’s nonlinear shell theory [18] and the matrix 
is analyzed via linear elasticity [19]. The problem is 
decomposed into two subproblems that are analyzed 
separately and coupled by enforcing continuity 
conditions at the shell-matrix interface. In particular, 
we consider, see Fig. 2: (1) matrix with spherical 
void of radius R loaded by a remote compressive 
load   and by the interface traction fields in the 

radial  and the shear τ direction due to inclusion-
matrix interactions and (2) single spherical inclusion 
loaded by the interface stress fields  and τ. 
Continuity conditions are applied at the matrix-
inclusion interface to find the interface stress and the 
shell displacement fields. The imperfect interface 
between the inclusion and the matrix is described 
through the classical linear spring model in [12, 15]. 
Accordingly, continuity conditions are given by  

 ( ) (1/ ) ( )rR v                                           (3a) 

 ( ) (1/ ) ( )R v                                           (3b) 

where ξ and χ are radial and shear stiffness 
parameters of the spring interface, the factor (1/R) is 

introduced for scaling convenience, and  rv  and 

 v  represent the radial and meridional 

displacement jump at the interface, respectively. 
Displacement jumps are evaluated at the matrix-
inclusion interface at r=R as follows:  

 ( ) ( , ) ( , )r r rv v R v R                             (4a) 

 ( ) ( , ) ( , )v v R v R                              (4b) 

where superscript + and - denote the matrix and the 
shell displacement, respectively. By varying ξ and χ, 
interface conditions ranging from perfect bonding 
(ξ→∞ and χ →∞) to complete debonding (ξ→0 and 
χ →0) of the inclusion can be specified [12]. 
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3 Governing equations 

3.1 Matrix subproblem 

The matrix subproblem is studied using the three-
dimensional Navier-Cauchy equation for a linear 
isotropic homogeneous material in the absence of 
the body forces, see for example [13, 19]. The 
general solution for the displacement and stress 
fields is presented in [13, 19] for the case of 
cylindrical symmetry and symmetry with respect to 
the y=0 plane. In [13, 19], stress and displacement 
fields are expressed as a superposition of spherical 
harmonics, that is, Legendre polynomials )(cosnP  
and associated Legendre functions of the first kind 

)(cos)1( nP , see [10, 13], where the subscript n  
represents the order of the polynomial. We denote 
the radial and shear components of the uniaxial 
compressive remote stress with   and  , 
respectively. Through a stress transformation, such 
components can be written as [13] 

2[1 2 (cos )]
3

P
 

                                        (5a) 

(1)
2 (cos )

3
P

 
                                              (5b) 

The radial stress  and the shear stress τ at the 
matrix-inclusion interface are expressed as a 
superposition of spherical harmonics in terms of 
even Legendre polynomials as  

0,2,4

( ) (cos )
PN

n n
n

P   


                                           (6a) 

(1)

2,4

( ) (cos )
PN

n n
n

P   


                                             (6b) 

Here, pN  indicates the highest harmonic retained in 

the expansion and n  and n  are modal coefficients 
which, by using the orthogonality of Legendre 
functions of even order, are defined as follows: 

0

(2 1)
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2n n
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                        (7a) 
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0
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We borrow the solution for the matrix displacement 

fields ( , )rv R   and ( , )v R   derived in [13], 
reporting here the displacements obtained therein in 
terms of Legendre functions as  

2
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              (8b) 

In Eq. (8), νm is the matrix Poisson ratio and rv , v  
denote the displacement components scaled with the 

inclusion radius, that is, ( , ) /r rv R v R   and 

( , ) /v R v R   . The other coefficients appearing 
in Eq. (8) can be found in [20]. 
 

3.2 Shell subproblem 

The shell subproblem is formulated by using 
Donnell’s nonlinear thin spherical shell theory [18] 
to compute stress and displacement fields. We 
introduce nondimensional mid-surface displacement 
fields, scaled with the shell mean radius, that is, 

( ) ( , ) /rw v R R   and ( ) ( , ) /u v R R  . Strain-
displacement relations for the shell axisymmetric 
deformations are expressed, by following Love’s 
hypothesis, as [18] 

,0( , , ) ( , ) ( , )r                                (9a) 

,0( , , ) ( , ) ( , )r                                (9b) 

,0( , , ) ( , ) ( , )r                                (9c) 

where r R   [-h/2, h/2] is the distance in the 

radial direction of a point from the mid-surface of 
the shell. The nonzero mid-surface strains and 
changes in curvatures are expressed in terms of the 
shell mid-surface displacements as [18, 21] 

2

,0

d ( ) 1 d ( )
( ) ( )

d 2 d

u w
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           (10a) 

,0 ( ) ( ) ( )cotw u                                      (10b) 
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cot d ( )
( ) ( )

d

w
u

R
   


   
 

                          (10d) 

where ,0  and ,0  are the mid-surface strains and 

  and   are the mid-surface changes in the 

curvature. Note the presence of the quadratic 
nonlinearity in Eq. (10a). Also note that, according 
to the axisymmetry condition, ,0 0   and 0  .  

The membrane resultants N  and N and bending 

resultants M  and M  are defined through Eq. 

(10) as [18] 
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are the scaled membrane and bending rigidity, 
respectively. To derive the governing equations of 
the shell, we determine the elastic potential energy 
in the shell and the external work done by the 
interface stress field using standard procedures [18, 
21]. Consistently with the thin shell hypothesis, the 
interface stress field is assumed to be applied at the 
shell mid-surface at r=R. By considering the first 
variation of the total potential energy of the system, 

the governing differential equations for the shell 
subproblem are 
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where rQ   is the shear resultant whose expression 
reads [21] 

 1 d
( )cos ( )sin

sin drQ M M
R     

 
      

  (13) 

Due to the axisymmetry, boundary conditions for 
Eq. (12) are u(θ)=0, dw(θ)/dθ=0, and 

( )sin 0rQ      at both θ=0 and θ=π. In addition, 

from symmetry with respect to the 0y   plane, we 

require that ( ) ( )w w     and ( ) ( )u u     . 

 

4 Solution procedure 

4.1 Assumed modes solution 

We use the Galerkin method [22] to cast the system 
of governing nonlinear differential equations to a set 
of nonlinear algebraic equations. The continuity 
conditions in Eqs. (3a) and (3b) are projected on the 
space spanned by the even spherical harmonics 

(cos )iP  , i=0, 2,…, NP and (1)(cos )iP  , i= 2, 4,…, NP, 
respectively, so that 

0
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Terms appearing in Eq. (14) can be substituted for 
by using the representation for stress fields   and   
in Eq. (7) and the solution for the scaled matrix 
displacement fields in Eq. (8). In addition, the radial 
and meridional displacements of the shell mid-

ICCM19 3393



 

5  

NONLINEAR BUCKLING OF SYNTACTIC FOAMS WITH IMPERFECT INTERFACE

surface are approximated in the form of series of 
even spherical harmonics as 

0,2,4,
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where nw  and nu  are modal amplitude coefficients. 
By performing the indicated substitutions, Eq. (14) 
become 
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Integral terms in Eq. (16) are evaluated analytically 
using the orthogonality properties of spherical 
harmonics [10]. The unknown quantities in Eq. (16) 
are the modal amplitude of the interfacial stress 

0,2,4...{ } PN
n n   and 2,4...{ } PN

n n   and of the shell mid-

surface displacements 0,2,4...{ } PN
n nw   and 2,4...{ } PN

n nu  . 

To close the system, the remaining algebraic 
equations are derived by first substituting the series 
representation in Eq. (15) into Eqs. (11) and (12). 
Galerkin projection is then performed by 
multiplying Eq. (16a) with (cos )iP  , i=0, 2,…, NP 

and Eq. (16b) with (1)(cos )iP  , i=2, 4,…, NP and 

integrating with respect to θ over the domain [0, π].  
For notational convenience, we stack the scaled 
displacement and stress modal coefficients in the 
(NP+1) dimensional vectors 

T
0 2 2 4 4[ , , , , , , , ]

P PN Nw w u w u w uw                               (17a) 

T
0 2 2 4 4[ , , , , , , , ]

P PN N      q                     (17b) 

where a superscript T denotes matrix transposition. 
By using orthogonality properties of the spherical 
harmonics, Eq. (16) is then symbolically recast as  

( )  q a Bq w                                           (18) 

where   is the interface stiffness (NP+1)  (NP+1) 
dimensional diagonal matrix whose diagonal entries 
are given by  

Tdiag[ , , , , , , , ]                                    (19) 

In Eq. (18), a  is a ( 1)pN   dimensional vector with 

three nonzero components expressed as 

T
(1 ) 5(1 ) 5(1 )1

= - , , ,0, ,0
4(1 ) (7 5 ) 2(7 5 )

m m m

m m m m

  
   

   
    

a    (20) 

In addition, B  in Eq. (18) is a block diagonal matrix 
defined as  

0

2

00

001
=

02

0 0 P

m
N

B









  

B
B

B






                                      (21) 

where the generic block nB  with 2n   denotes a 

two by two square matrix and 0B  is a scalar 
quantity. The entries of the block diagonal matrix B  
are reported in [20]. 
Similarly, the projected Eq. (12) is rewritten as a 
system of nonlinear algebraic equations in the 
displacement modal coefficients as 

+ =Lw n(w) Sq                                                    (22) 

where L  is a block diagonal matrix including the 
linear part of the shell equation in Eq. (12). 
Additionally, n(w) is a vector function of the modal 

coefficients w  and includes the nonlinear terms in 
the shell equation in Eq. (12). Furthermore, S  is a 
diagonal matrix which scales the stress field deriving 
from integration of Eq. (12) during the projection 
step. The quantities L , S , and n  are defined as 
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0

2

00

00
=

0

0 0 PN

L 





  

L
L

L






                                              (23a) 

T
0 2 2 4 4diag[ , , , , , , , ]

P PN NS S S S S S S      S           (23b) 

T
0 2 2 4 4diag[ , , , , , , , ]

P PN NN N N N N N N      n     (23c) 

where the generic block nL  with 2n   denotes a 

two by two square matrix and 0L  is a scalar 
quantity. Expressions for these quantities are 
reported in [20]. 

4.2 Incremental and iterative procedure 

A compact form for the governing equation for the 
unknown modal coefficients vector w  can be found 
by eliminating q from Eqs. (18) and (22). 
Specifically, the shell displacement are given by the 
solution of the following system of nonlinear 
algebraic equations  

1 1( ) [ ( ) ][ + ] 0 
    g w w BS S Lw n(w) a   (24) 

where ( )g w  is a (NP+1) dimensional vector. 
Numerical evaluation of the critical buckling load is 
performed by solving Eq. (24) through an 
incremental and iterative procedure based on the 
modified Newton-Raphson (MNR) method, see for 
example [23]. The vector n  is initially set to 0 and 
we also let ∞=0. The first step of the solution 
procedure comprises the initialization to zero of the 
components of the vector w . The first incremental 
load step is applied by incrementing the value of ∞ 
of a small positive quantity δ∞ which is arbitrarily 
selected. At this point, the MNR algorithm is 
initiated, by selecting the initial guess for w  as 

0 0e  w w  and computing the value for ( )eg w . 
According to the MNR iteration scheme, the updated 
estimate ew  of the solution vector is given  

e e  w = w w                                                        (25) 

where the correction w  is 

1
e w = K g(w )                                                     (26) 

Here, K  is the so-called tangent stiffness matrix of 
the system and is computed by taking the gradient of 

( )g w  in Eq. (24) with respect to the vector w . This 

procedure yields 

1 1
0[ ( ) ][ + ]    K I BS S L n(w )                   (27) 

where I  is the identity matrix and 0n(w )  is the 
gradient of the vector n . Note that, in the MNR 
approach, the tangent stiffness matrix is only 
updated when a new load increment is considered. 
After the new estimate is obtained from Eq. (25), we 
set e ew = w  and repeat the MNR iteration step until 
convergence. Specifically, iterations within a single 
load step are arrested when the Euclidean norms of 
the vectors w and ( )eg w  fall within prescribed 
tolerances. Upon reaching convergence, we assign

0 e ew = w w .  
The buckling criterion is based on the analysis of the 
eigenvalues of the tangent stiffness matrix, see for 
example [24]. Specifically, a vanishing eigenvalue 
indicates occurrence of instability for which the 
corresponding MNR iteration in Eq. (26) diverges. 
Therefore, occurrence of buckling is numerically 
detected and the corresponding value of ∞ is taken 

as the critical load *  for the considered case. 

 

5 Results 

The proposed analytical formulation is specialized to 
estimate the critical loads of vinyl ester-glass 
syntactic foams. Material parameters are: Em=3.21 
GPa, νm =0.3, Es =60 GPa and νs=0.21 [13]. We 
conduct parametric studies to investigate the 
influence of interfacial properties and inclusion wall 
thickness on the critical loads of the composite. In 
particular, we focus the analysis on values of the 
ratio h/R in the range 0.03-0.07, which is relevant to 
syntactic foams. By following [12], the radial 
stiffness ξ is varied in the range 0.1-1000 GPa, while 
the shear stiffness is always kept fixed to χ=100 
GPa. We truncate the infinite summations to NP=48 
in the Galerkin procedure and the convergence 
tolerance for the MNR scheme at each increment is 
set to 10-10.  
Theoretical predictions of the critical load for the 
limit case of nearly perfect and weak interface 
considered in this study (ξ=1000 GPa and 0.1 GPa, 
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respectively), are superimposed in Fig. 3 to 
experimental findings on compressive strength of 
vinyl ester-glass syntactic foams reported in [8]. 
Experimental results show a remarkable dependence 
of compressive strength on both inclusion wall 
thickness and volume fraction, in the range 29 to 82 

MPa. Critical loads *  are generally significantly 
larger than the experimentally determined 
compressive strength of vinyl ester-glass syntactic 
foams. For the parameter ranges explored in this 
study, critical loads are found to vary in the range 
300–700 MPa for the case of nearly perfect interface 
(ξ=1000 GPa) and in the range 100–500 MPa for the 
case of weak interface (ξ=0.1 GPa), see also Fig. 4 
for a more complete map of simulation results for 
varying interface properties. These results suggest 
that microballoon buckling is likely not a driving 
mechanism for failure of syntactic foam under 
compressive loading and that the embedding matrix 
has a stabilizing effect in preventing microballoon 
buckling. 
Figs. 5 and 6 illustrate the effect of nonlinearities on 
the shell mechanical behavior during the loading 
stage, towards the onset of buckling. Specifically, in 
Figs. 5 and 6 we report the evolution of the hoop 
stress resultant N  in the shell in the limit of nearly 

perfect bonding (ξ=1000 GPa) and weak interface 
(ξ=0.1 GPa) for the thick inclusion wall thickness, 
that is, h/R=0.07. Therein, stress resultants are 
evaluated at four different levels of remote axial 
load, corresponding to 25%, 50%, 75%, and 95% of 

the predicted critical load * . Here,  defined in 

Eq. (11b) is scaled as / ( )N N h   . In 

addition, we superimpose findings from a linear 
shell theory derived by setting n(w) =0 in Eq. (22). 
We observe that, shell geometric nonlinearities are 
responsible for progressive deviations of the hoop 
stress distribution from the linear solution as the 
remote axial load increases. Such deviations are 
more important as the radial stiffness parameter ξ 
decreases.  
To identify the dominant failure mechanism in 
syntactic foams, we focus on the failure of the 
embedded shell using the Mohr-Coulomb failure 
criterion which is recommended for brittle material 
such as glass. Despite moderate data scatter, a value 
of 0.7 GPa is proposed for the compressive strength 

of glass in [25]. Table 1 illustrates the average value 
of the hoop stress in the microballoon estimated 
through /h in the limit of nearly perfect bonding 
and weak interface for the extreme values of 
inclusion wall thickness. By analyzing the values 
reported in Table 1, we conclude that brittle fracture 
of the inclusion is responsible for microballoon 
crushing well before the onset of buckling for all the 
conditions explored in the present study. This 
observation is consistent with our previous 
discussion of Fig. 3, where it is suggested that 
microballoon buckling is unlikely to play a major 
role in syntactic foams failure. 
To assess the need for the proposed fully nonlinear 
formulation, we compare the present analytical 
results against findings from the method proposed in 
[10] for the case of nearly perfect interface, ξ=1000 
GPa, in Table 2. In Table 2, present analytical 
results are validated against findings from finite 
element simulations performed with the commercial 
software package ABAQUS. Details on the finite 
element implementation can be found in [20]. Note 
that the numerical estimates of the critical load 
reported in Table 2 are obtained through the 
eigenvalue analysis available in ABAQUS/Standard. 
While satisfactory agreement can be observed 
between results of the present study and finite 
element simulations, noticeable discrepancies are 
generally found with respect to [10], especially as 
the inclusion wall thickness increases. The source of 
such discrepancy should be sought in: (i) the 
computation of the pre-buckled state of the system 
through a simplified linear analysis, (ii) the 
additional approximation proposed in [10] on the 
potential energy variation, which neglects cubic 
nonlinearities while computing membrane resultants 
N  from the pre-buckled state, and (iii) the 
underlying kinematic assumptions, which differ 
from those considered herein. As a closing 
comment, we remark that relative errors between the 
proposed approach and finite element results are 
6.5%, 5.8%, 3.0%, 3.2%, and 1.4% as h/R increases 
from 0.03 to 0.07.  
 

6 Conclusion  

In this paper, we analyzed nonlinear axisymmetric 
buckling of an elastic spherical shell embedded in an 
infinite elastic matrix. The matrix is subject to a 
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remote uniaxial compressive load, in the presence of 
imperfect shell-matrix bonding conditions. The 
inclusion and the matrix are modeled through 
Donnell’s nonlinear shell theory and theory of 
elasticity. A linear spring model is used to model the 
imperfect interface between the shell and the matrix. 
An incremental and iterative technique based on the 
modified Newton-Raphson method is proposed to 
solve the governing algebraic system obtained 
through the Galerkin projection of the system 
governing differential equations. Critical loads are 
obtained by monitoring singularities in the tangent 
stiffness matrix of the structure and validated 
through finite element analysis. Results are 
specialized to glass particle-vinyl ester matrix 
systems. Through comparison with experimental 
results, we found that compressive failure of such 
syntactic foams is likely not caused by microballoon 
buckling. 
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Fig. 1. Schematics of the system geometry. 

 
Fig. 2. Decomposition of the problem into (1) the 
matrix and (2) the shell. 

 

 

Fig. 3. Comparison between the critical buckling 
load (lines) and experimental data (markers) [8]. 

 
Fig. 4. Effect of radial stiffness parameter on the 
critical load for different shell thickness. 
 

 

Fig. 5. Dimensionless membrane resultant N
  for 

h/R=0.07 and ξ=1000 GPa. 
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Fig. 6. Dimensionless membrane resultant N

  for 

h/R=0.07 and ξ=0.1 GPa. 
 
Table 1. Maximum compressive and tensile values 
of N/h evaluated at θ=0 and θ=π/2 refer to the 
remote stress 0.95 * . 

/N h  [GPa] h/R=0.03 h/R=0.07 

 0        / 2   0        / 2 
 =1000 GPa -0.488        2.184 -1.851          5.907 

 =100 GPa -0.461        1.185 -1.808          5.472 

 =10 GPa -0.288        1.232 -1.333          4.266 

 =1 GPa -0.081        1.241 -0.432          4.499 

 =0.1 GPa -0.010        1.391 -0.078          5.172 

 
Table 2. Comparison of critical loads determined 
with present formulation, with the method of [10], 
and with finite element results. 

* [GPa]  h/R= 
0.03 

h/R= 
0.04 

h/R= 
0.05 

h/R= 
0.06 

h/R= 
0.07 

Present 
work 

0.3516 0.4306 0.5202 0.6028 0.7038 

[10] 0.1579 0.1679 0.1781 0.1894 0.2014 

Finite 
Element 

0.3761 0.4541 0.5365 0.6227 0.7134 
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Abstract 

Thermal conductivity of dry carbon fiber fabrics is required for modelling heat transfer during infusion 

processes. This paper reports in-plane and through-thickness thermal conductivities, measured for a non-crimp 

carbon fabric and a twill carbon fabric as a function of fiber volume fraction (Vf). Well-defined trends were 

observed for both directions and values suggest that the thermal conductivity of dry fabrics is independent of 

fabric architecture. The in-plane thermal conductivity of dry fabrics and composites made from the same fabrics 

were similar. This demonstrates that the in-plane thermal conductivity depends primarily on the axial fiber 

thermal conductivity. Current models, such as Clayton, predict the through-thickness thermal conductivity of 

composites accurately, but do not account for fiber contacts and hence cannot predict that of dry fabrics. 

Simulations were developed to predict the through-thickness thermal conductivity of dry fabrics by accounting 

for the fiber contacts and results match experimental values. This shows that the through-thickness thermal 

conductivity of dry fabrics depends on the evolution of heat paths in the through-thickness direction as a result 

of the improvement in the fiber contact network during compaction. Through-thickness thermal conductivity 

measured for the composites are 2 to 3 times higher than those for the dry fabrics. This shows that the through-

thickness thermal conductivity depends heavily on the thermal conductivity of the second phase, whether it is 

air for the dry fabrics or epoxy for the composites. 

 

1 Introduction 

Carbon fiber fabrics come in a variety of 

architectures and are used extensively in the 

composites and aerospace industries. Knowledge of 

their thermal conductivity is paramount in modelling 

heat transfer during processes such as resin film and 

autoclave infusion, where the thermal properties of 

dry fabrics must be known prior to impregnation. 

This would also benefit the understanding of heat 

diffusion in similar materials [1], and also other 

applications such as firefighter clothing design [2].  

Thermal conductivity values for the constituent 

carbon fibers are found readily in the literature [3-5] 

and are often reported by manufacturers [6]. 

Thermal conductivity of composites made using 

such fabrics has also been studied extensively [7-8]. 

The rule of mixture (1) is widely used and 

acknowledged for predicting the in-plane thermal 

conductivity of unidirectional fiber-reinforced 

composites: 

 

 �� � ����� � �	
1 � �� (1) 

where ��   is the 0° in-plane thermal conductivity of 

the composite, ���  is the thermal conductivity of the 

fiber in the axial direction and �	  is the thermal 

conductivity of the matrix. The in-plane thermal 

conductivity is a linear function of fiber volume 

fraction (Vf) [9-10]. The Clayton analytical model 

(2) is widely used for predicting the transverse 

thermal conductivity of unidirectional fiber-

reinforced composites [9] and yields a slightly 

exponential trend as a function of Vf [7]. The 

Clayton model can also be used to predict the 

through-thickness thermal conductivity of laminates 

manufactured from unidirectional plies, as the 

through-thickness thermal conductivity of such 

laminates is equal to the transverse conductivity of a 

single ply [11]. 

However, little is known about the thermal 

conductivity of dry carbon fiber fabrics. The 

clothing industry has studied thermal insulation for 

textiles such as woven cotton in a broad sense [12], 

but there are no studies on the effect of Vf and few 

regarding fabric architecture [13-14]. There are even 
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fewer results from the composites community, 

where one study measured the through-thickness 

thermal conductivity of a carbon T300 plain weave 

fabric to be 0.074 W/mK with no stated Vf, and 

developed an analytical model using an electric 

circuit analogy [15]. No computational models for 

the thermal conductivity of dry fabrics were found in 

the literature.  

This paper reports in-plane and through-thickness 

thermal conductivities for two carbon fiber fabrics 

and systematically investigates the effect of Vf and 

architecture. Experimental values are compared to 

analytical predictions and simulations, and also to 

thermal conductivity values measured for 

composites made from the same fabrics.  

2 Methodology 

2.1 Experimental Details 

In-plane and through-thickness thermal 

conductivities of Saertex bidirectional ±45° non-

crimp 534 g/m
2
 and JB Martin 2x2 twill 215 g/m

2
 

carbon fiber fabrics were measured using Hukseflux 

THASYS and THISYS devices as shown in Fig.1. 

Both fabrics are made of Toho Tenax HTS40 fiber; 

the non-crimp and twill feature 12K and 3K yarns, 

respectively. The devices require flat plate samples 

70x110 mm within a thickness range of 0.1 to 6 mm. 

Having very clean sample edges is not critical, as 

shown by the indifference in results from prior 

testing of composite samples cut roughly on the 

edges compared with the same samples cut 

smoothly. THASYS requires two identical samples 

to measure the through-thickness thermal 

conductivity, while THISYS requires one sample to 

measure the in-plane thermal conductivity.  

Fig.1. Samples exposed to air in THASYS (front) 

and THISYS (back) devices 

In THASYS, the two samples are placed between 

two heat sinks with a thin heater in between them, 

Fig.2. THASYS calculates the through-thickness 

thermal conductivity based on direct measurements 

of the temperature difference and the heat flux 

generated across the samples, known from the heater 

power using Fourier’s Law. [16] In THISYS, the 

sample is placed in between two thin heaters, which 

are in turn between two heat sinks featuring air-filled 

insulation cavities close to the samples, Fig.3. The 

cavities are covered by thin heaters to reduce lateral 

heat losses. THISYS calculates the bulk in-plane 

thermal conductivity based on direct measurements 

of the temperature difference and the heat flux 

generated across the plane of the samples, known 

from the heater power. The samples are inserted and 

manually tightened to position in both devices to 

apply contact pressure on the heaters, heat sinks and 

samples via a spring. The heater, heat sinks and 

samples are immersed in glycerol to minimize 

thermal contact resistance in both devices. [17]    

 

1-adjustment for moving heat sink  

2-glycerol bath  

3-handle     

4-movable heat sink 

5-cover plate    

6-cover plate screw 

7-samples (2)    

8-heater and thermopile 

9-fixed heat sink                

10-empty compartment for cable connectors 

11-connector for power and DAQ  

12-direction of heat flux 

13-thermopile connector 

Fig.2. THASYS internal components [16] 

 

 

 

 

 

ICCM19 3401



3 
 

 

 

 

 

 

1-adjustment for moving heat sink  

2-glycerol bath  

3-handle     

4-movable heat sink 

5-cover plate    

6-cover plate screw 

7-sample    

8-heaters (2) 

9-fixed heat sink                

10-empty compartment for cable connectors 

11-connector for power and DAQ  

12-direction of heat flux 

13-air-filled insulation cavities 

14-thermopile connector 

15-thermopile 

Fig.3. THISYS internal components [17] 

Samples were prepared by stacking six non-crimp or 

16 twill layers so as to reach comparable thickness, 

and sealed with 25 µm thick Dahlar 125 release film 

from Airtech on three sides, Fig.4. This procedure 

was used so as to avoid penetration of glycerol into 

the dry textile samples. Samples that were not 

vacuumed were exposed to air as they were not 

sealed along the upper edge, so as to enable their 

progressive compaction and increase in Vf within 

the devices. Polymeric spacers were milled to five 

thicknesses within the range 3.39 to 4.76 mm to 

impart corresponding Vfs to the samples within the 

range of 38.5 to 56.4%.  

 Fig.4. Dry fabric samples: (a) non-crimp fabric, (b) 

twill fabric  

Once mounted in the devices, samples were 

compacted and unloaded three times, with in-plane 

and through-thickness data measured at discrete Vfs 

during the cycles. During all compaction cycles 

measurements were taken in order of increasing Vf. 

Furthermore, vacuumed samples of the non-crimp 

fabric sealed on all sides, Fig.5, were tested under 

0.98 bars vacuum, applied by a DAA-V715A 

vacuum pump from Gast, for one hour during which 

THASYS and THISYS took measurements, Fig.6. It 

was not possible to reach Vf values of 52.6% for the 

non-crimp and 56.4% for the twill using only 

manual tightening from the devices, hence four to 

five cycles of pre-compaction were imposed using 

an Instron 4482, Universal testing frame equipped 

with compaction platens, to 1 MPa.  
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Fig.5. Sealed dry fabric samples of non-crimp fabric 

for (a) in-plane and (b) through-thickness 

measurements 

 

Fig.6. Sealed non-crimp sample in THASYS, 

connected to a vacuum pump 

Variability was quantified by repeating the tests for a 

number of data points. Within-sample variability is 

based on measurements performed on the same 

fabric sample at a common Vf, taken one after 

another without remounting the sample. This 

represents the variability of the THASYS and 

THISYS devices. Between-samples variability is 

based on measurements taken on different fabric 

samples at a common Vf, and it represents sample 

data variability.  

Two carbon fiber-epoxy composite plates were 

manufactured using the same fabrics described 

above; one for each fabric using resin film infusion 

(RFI) under vacuum. The resin film used is 120 µm 

thick epoxy film from Axson. The fabric and resin 

film were intercalated, vacuum bagged and cured in 

a PF120 Carbolite oven, Fig.7. The temperature 

profile was programmed to ramp at 2°C/min up to 

130°C, dwell for two hours, then ramp at 2°C/min 

up to 200°C and dwell for two hours. Two samples 

were cut from each cured plate for thermal 

conductivity measurements in THASYS and 

THISYS. The Vfs of the plates were obtained by 

image analysis on a Nikon XJP-3A optical 

microscope.  

Fig.7. RFI manufacturing of carbon fiber-epoxy 

composite plates 

2.2 Modeling 

2.2.1 Analytical Model 

Eqn. (2) shows the Clayton model [9] for predicting 

the through-thickness thermal conductivity of 

composites as a function of Vf given the thermal 

conductivity of the two constituents:  

 

��� � �	4 ��
1 � ��� �����	 � 1�� � 4����	
� 
1 � �� �����	 � 1��

�
 

 

 

 

 

(2) 
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where ���  is the through-thickness thermal 

conductivity of the composite, �	  is the thermal 

conductivity of the matrix or second phase and ��� is 
the thermal conductivity of the fiber in the through-

thickness direction.   

This model is used in attempting to predict the 

through-thickness thermal conductivity of the non-

crimp fabric but not that of the twill fabric, as the 

non-crimp fabric is bidirectional but the twill fabric 

is woven and has crimps and air rich zones which 

Clayton does not account for. The thermal 

conductivity of air was used for �	  and ���  was 

back-calculated from the Clayton model after 

measuring the thermal conductivity of epoxy only 

plates and the through-thickness thermal 

conductivity of the carbon fiber-epoxy composite 

plates made from the same non-crimp fabric in 

THASYS and THISYS and knowing the Vf from 

image analysis, Table1. Corresponding predictions 

were calculated at the Vf of each data point. An 

additional prediction was added at 33.4% Vf to 

compare Clayton predictions with results for case 1 

of the simulation series accounting for fiber contacts.  

Table1. Properties for Clayton model 

Constituent Thermal conductivity (W/mK) 

carbon fiber ���=1.36 

matrix (air) �	=0.03 

2.2.2 Simulations  

Two-dimensional steady state simulations performed 

in Ansys Fluent 13.0 were also used in attempting to 

predict the through-thickness conductivity of the dry 

fabric samples and replicate the trend seen in 

thermal conductivity as a function of Vf. The top 

and bottom walls of the virtual domain were set to 

constant temperatures while others were set as 

adiabatic. The thermal conductivity was calculated 

using Fourier’s Law based on the resulting heat flux.  

Two types of simulations were done. First, 

simulations were developed in attempting to 

replicate experimental results without modelling 

fiber contacts. Fiber sections were represented by 

circles and models consist of eight square unit cells 

as shown in Fig.8. Height and width are varied 

proportionally with Vf. Five cases were run for Vfs 

within the range of 38.0 to 53.0%. These cases have 

incremental changes in Vf resulting from reduced 

distances between adjacent fibers.  

Then, simulations were developed in attempting to 

model thermal conductivity accounting for fiber 

contacts. Fiber sections were represented by 24-

sided polygons to yield small contact lines between 

adjacent fibers. Five cases were run as shown in 

Fig.9 for Vfs within the range of 33.4 to 65.8%. 

Whilst they represent a few simple configurations 

taken for illustration among a wide array of possible 

fiber arrangements, these cases have representative 

incremental changes in fiber contact and 

configuration along with corresponding increases in 

Vf. Height is decreased during compaction while 

width remains constant. All simulations were 

developed not accounting for the fabric architecture, 

based on the indifference in measured values for the 

two fabrics.   

 

Fig.8. Model for simulations without fiber contacts 

 

Fig.9. Cases 1-5 for simulations accounting for fiber 

contacts 
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3 Results 

3.1 Experimental 

Experimental results appear in Figs.10-15. For dry 

fabrics in the in-plane direction, Figs.10-11 show 

that thermal conductivity values for both fabrics 

vary linearly with Vf, ranging from 1.303 to 2.249 

W/mK and from 1.367 to 2.092 W/mK for the non-

crimp and twill fabrics, respectively. The vacuumed 

non-crimp sample returned a value of 2.188 W/mK 

at 52.6% Vf; 2.4% lower than that of its non-

vacuumed counterpart.  Still for dry fabrics but in 

the through-thickness direction, Figs.12-13 show 

that thermal conductivity values for both fabrics 

have an exponential recovery trend with Vf, ranging 

from 0.112 to 0.209 W/mK and from 0.145 to 0.219 

W/mK for the non-crimp and twill fabrics, 

respectively. The vacuumed non-crimp sample 

returned a value of 0.182 W/mK at 52.6% Vf; 7.4% 

lower than that of the non-vacuumed counterpart.  

Variability data appear in Tables 2-5. Within-sample 

variability values are below 1% except for that of the 

vacuumed sample with a maximum of 2.8%, Tables 

2-3. Values generally confirm the 1% and 2% 

variability figures reported by Hukseflux for 

THASYS and THISYS respectively, indicating that 

the devices operate satisfactorily with the non-

homogeneous materials tested here. Between-

samples variability showed values within 6.7 to 

11.2% range, Tables 4-5.  

 

 
Fig.10. In-plane thermal conductivity, non-crimp 

fabric 

 

 
Fig.11. In-plane thermal conductivity, twill fabric 

 

 
Fig.12. Through-thickness thermal conductivity, 

non-crimp fabric 

 

 
Fig.13. Through-thickness thermal conductivity, 

twill fabric 
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Table2. In-plane variability, within sample 

Fabric Vf Thermal 

conductivity 

(W/mK) 

Variability 

(%) 

twill 0.401 1.371 0.7 

1.369 

1.362 

twill 0.564 2.089 0.6 

2.077 

 

Table3. Through-thickness variability, within sample 

Fabric Vf Thermal 

conductivity 

(W/mK) 

Variability 

(%) 

non-crimp 0.398 0.187 0.5 

0.187 

0.186 

non-crimp 0.398 0.195 0.5 

0.194 

non-crimp 0.526 

vacuum 

0.184 2.8 

0.179 

twill 0.491 0.208 0.5 

0.207 

 

Table4. In-plane variability, between samples 

Fabric Vf Thermal 

conductivity 

(W/mK) 

Variability 

(%) 

twill 1 0.456 1.562 6.7 

twill 2 1.59 

twill 3 1.597 

twill 4 1.666 

non-crimp 1  0.425 

 

1.597 9.2 

non-crimp 2 1.668 

non-crimp 3 1.744 

non-crimp 4 1.663 

 

 

 

 

 

 

 

 

 

 

 

Table5. Through-thickness variability, between 

samples 

Fabric Vf Thermal 

conductivity 

(W/mK) 

Variability 

(%) 

twill 1 0.491 0.208 11.2 

twill 2 0.193 

twill 3 0.188 

twill 4 0.187 

non-crimp 1 0.457 0.189 7.7 

non-crimp 2 0.190 

non-crimp 3 0.196 

non-crimp 4 0.182 

 

Conductivity data for composites made using the 

same carbon fabrics as reinforcements appear in 

Figs.14-15. The plates made from the non-crimp and 

the twill fabrics have Vfs of 58% and 54%, 

respectively from image analysis. The in-plane 

thermal conductivity values of composite and dry 

fabric are 2.5 and 2.3 W/mK respectively for the 

non-crimp fabric, and 2.5 and 2.1 W/mK 

respectively for the twill fabric, Fig.14. The same 

comparisons for through-thickness thermal 

conductivity show much more significant 

differences, with values of 0.5 and 0.2 W/mK for the 

non-crimp composite and fabric respectively, and 

0.55 and 0.22 W/mK for the twill composite and 

fabric respectively, Fig.15. The in-plane to through- 

thickness conductivity ratio is approximately five for 

carbon fiber-epoxy composites, compared to ten for 

dry fabrics.  

 

 
Fig.14. Thermal conductivity of carbon fiber-epoxy 

composites vs. dry fabrics, in-plane 
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Fig.15. Thermal conductivity of carbon fiber-epoxy 

composites vs. dry fabrics, through-thickness 

3.2 Analytical Model and Simulations 

Through-thickness thermal conductivity predictions 

attempted for the dry fabric using the Clayton model 

and both types of simulations are compared with 

experimental values for the non-crimp fabric, 

Fig.16.The same information for the twill fabric 

appears in Fig.17, without the Clayton predictions. 

The first point at 33.4% Vf has matching values of 

0.064 and 0.063 W/mK obtained from the Clayton 

model and simulation. For the non-crimp fabric, 

experimental values range from 0.112 to 0.209 

W/mK and show an exponential recovery trend 

while corresponding Clayton predictions range from 

0.072 to 0.117 W/mK and show a linear trend with 

Vf. Simulations without fiber contacts show values 

and trend close to those from Clayton predictions 

while simulations accounting for fiber contacts show 

values and trend close to the experimental results. 

The same observations are found for the twill fabric 

where the experimental values range from 0.145 to 

0.219 W/mK. Again, simulations accounting for 

fiber contacts offer better results than those without 

fiber contacts.   

 

 
Fig.16. Through-thickness thermal conductivity 

experimental vs. models, non-crimp fabric 

 

 
Fig.17. Through-thickness thermal conductivity 

experimental vs. models, twill fabric 

4 Discussion 

In the in-plane direction, thermal conductivity values 

measured for carbon fiber-epoxy composites are not 

remarkably different from those obtained for the dry 

fabrics, Figs.14-15. This, along with values showing 

only a 2.4% difference between vacuumed and non-

vacuumed dry fabrics samples, confirms that in-

plane heat transfer occurs primarily along the fibers 

and is driven by the axial fiber thermal conductivity. 

Therefore, since both fabrics consist of the same 

fiber, the non-crimp and the twill fabrics show 

similar conductivities, Figs.10-11. Similar to fiber-

reinforced composites, thermal conductivity values 
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for dry fabrics vary linearly with Vf. The effect of 

cycling the dry fabric samples can also be seen, 

Figs.10-11, as the fiber network improves slightly 

upon each compaction, as shown by higher values 

upon successive compaction cycles beyond the first.   

In the through-thickness direction, thermal 

conductivity values measured for carbon fiber-epoxy 

composites are two to three times larger than those 

measured for the dry fabrics, Figs.14-15. This, along 

with a 7.4% decrease in the conductivity of 

vacuumed samples compared to that of their non-

vacuumed counterparts, confirms that the thermal 

conductivity in this direction is affected significantly 

by that of the second phase, whether it is air for dry 

fabrics or resin for composites.   

Values predicted by the Clayton model and 

simulations without contacts are much lower than 

experimental results and trends do not agree, Fig.16, 

because Clayton predicts thermal conductivity in a 

manner equivalent to this series of simulations by 

increasing Vf through reduced distances between 

adjacent fibers; the model and this series of 

simulations do not account for contact between 

fibers. Therefore, Clayton predicts through-thickness 

thermal conductivity values for fiber-reinforced 

composites accurately as there is little contact 

between fibers due to the presence of resin, but it 

cannot predict the conductivity of dry fabrics which 

is influenced by the evolution of heat paths in the 

through-thickness direction as a result of the 

improvement in the fiber contacts with Vf in this 

direction and its eventual stagnation.  

The second series of simulations represent the 

physical phenomenon better by representing and 

accounting for the evolution of the fiber contact 

network along with increases in Vf, Fig.9. Model 1 

represents an initial state at the onset of compaction 

where there is limited contact between adjacent 

fibers. Additional contact points begin to develop in 

model 2 and by model 3, there are direct paths for 

heat flow in the through-thickness direction through 

the carbon fibers. Fibers start to shift in model 4 as a 

result of further compaction and connect additional 

heat paths along different directions; this 2D contact 

network is further enhanced in model 5. Hence, there 

is an evolution in the heat paths in the through-

thickness direction from models 1 to 3, but it does 

not improve significantly from models 3 to 5. Hence, 

the trend of diminishing returns with Vf seen in 

Figs.12-13 indicates that improvements in the fiber 

contact network through-thickness are significantly 

less for Vfs above 50%.  

Simulation results match the trend observed with 

experimental data and the last three points are higher 

than measured values, due to the short line contact 

between adjacent 24-sided polygons as opposed to 

contact points between adjacent circles in reality. 

The simulations clearly simplify reality, but 

nevertheless they are credible and manage to 

successfully replicate and explain the trends seen in 

experimental results for dry fabrics, which cannot be 

replicated by any published model. Predictions from 

the Clayton model only agree with simulation results 

for case 1, Fig.16, because it is only in this case that 

there is no contact between adjacent fibers.  

The success of the simulations accounting for 

contacts and the discrepancy of predictions made 

using the Clayton model and simulations without 

contacts compared to measured values show that the 

thermal conductivity values and exponential 

recovery trends in Figs.12-13 is fully a result of the 

evolution of contact points in the fiber network 

during the compaction process. This, along with the 

thermal conductivity of air, is important for 

predicting the through-thickness thermal 

conductivity of dry fabrics. Therefore, since both 

fabrics show a similar behaviour in terms of fiber 

contact network and have air as the second material 

phase, the non-crimp and the twill fabric return 

similar values, Figs.12-13. The effect of cycling is 

similar to that seen for the in-plane direction as 

shown again in Figs.12-13.  

5 Conclusions 

The in-plane and through-thickness thermal 

conductivity of a non-crimp and a twill fabric were 

measured within a Vf range of 38.5 to 56.4%. 

Values suggest that the thermal conductivity of dry 

fabrics is independent of fabric architecture. Well-

defined, reproducible trends showing the effect of Vf 

on the in-plane and through-thickness thermal 

conductivity were identified. The effect of the matrix 

on the through-thickness thermal conductivity was 

also identified. Through-thickness thermal 

conductivity simulations of dry fabrics matched 

experimental results and showed the importance of 

modelling contact points between fibers.  
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1 Introduction  

Defects associated with drilling of Carbon Fiber 

Reinforced Polymers (CFRPs) are of major 

economic and safety concerns for aerospace 

manufacturers. One of the most critical defects 

associated with the drilling of CFRP laminates is the 

delamination of layers, which can be avoided by 

keeping the drilling forces below some threshold 

levels [1].  

Conventional drilling of CFRP has been extensively 

studied to investigate the effect of tool geometry [2-

6] and cutting parameters [7-10] on the hole quality, 

especially, delamination, thermal damage, and 

surface roughness. Rawat and Attia [11, 12] studied 

the effect of feeds and speeds on the quality of 

drilled holes using machinability maps. The different 

mechanisms for the tool wear were considered. The 

three dominant wear mechanisms were found to be 

fracture (chipping) at the start of drilling process, 

followed by subsequent abrasion and adhesion of 

carbon to the tool. Hocheng and Tsao [2, 3] 

developed a linear fracture mechanics model for 

conventional drilling to predict the threshold level of 

axial forces for the onset of exit delamination of 

CFRP, for different tool geometries. This model is 

based on the balance of the work done by the axial 

drilling force, the strain energy of the last ply at the 

hole exit, and the energy required to form a new 

surface by fracture.  

Orbital Drilling (OD) is an emerging drilling process 

that exhibits lower cutting forces and temperatures, 

easier chip removal, higher produced surface 

quality, longer tool life and a high possibility for dry 

machining. In OD, the cutting tool rotates about its 

own axis and simultaneously about the axis of the 

desired cylindrical hole at an eccentric distance as it 

is fed along the hole depth following a helical path, 

as shown in Fig. 1. The OD process is featured by 

cyclic engagement and disengagement between the 

tool and the work-piece [13-16]. The research work 

published in [14] explained the reduction in the 

cutting temperature and the risk of exit delamination 

in OD from an energy perspective. The reduction in 

the OD axial forces is attributed to the helical 

motion of the tool in which a considerable part of 

the work done by the tool is directed towards the 

tangential direction while the work done in the axial 

direction is reduced. This reduces the risk of 

delamination at the exit. Moreover, in OD the tool 

applies a distributed load on the laminate in the axial 

direction which results in less ply deflection 

compared to the concentrated loading in the case of 

conventional drilling using a point-drill. It was also 

demonstrated that enhanced cooling is achieved due 

to the formation of vortices in an unstable air flow 

regime in the annular gap [14].  

Part of the research work available on OD was 

performed by industrial organizations [17, 18] that 

are more interested in the technology rather than the 

mechanics of the process. This research work 

represents a unique experimental study on the OD 

technique of woven CFRP laminates. 

 

The research work published in [15] showed the 

results of using OD to produce holes in sandwich 

constructions of CFRPs with aluminum honeycomb 

core and for aerospace applications. This process 

produced delamination-free holes with allowable 

geometric accuracy. The tool experienced, however, 

considerable chipping on the main cutting edge, due 

to the lack of tool dynamic stability. Brinksmeier et 

al. [19] compared the effect of conventional drilling 

and OD processes on the quality of the holes 

produced in sandwich materials of Al-CFRP-Ti. It 

could be proven through this study that OD was 

associated with lower cutting forces and 

temperatures compared to conventional drilling. On 

the other hand, the high rotational speeds resulted in 

lower hole surface quality for the CFRP layer.  
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However, the effect of the main OD process 

parameters applied to CFRPs is not fully understood 

so far, whereas such understanding is essential for 

process optimization and design. The objective of 

this research work is to investigate the effect of the 

OD process key parameters with respect to their 

corresponding produced hole quality attributes and 

cutting forces and temperatures. This study 

illustrates the capabilities and limitations of the OD 

process and opening the door for the OD process 

design and optimization. 

 

2 Experimental Setup 

All the OD tests were performed under dry 

conditions on a 5-axis Makino A88ε machining 

center. Fig. 2 shows the experimental set-up used for 

the drilling experiments. Fixture (1) was used to 

hold the CFRP laminates. The fine chips were 

evacuated using a special vacuum arrangement (2). 

The cutting forces were recorded using a 3-

component dynamometer (3), Kistler 9255B, and 

5070A Kistler charge amplifier. Cutting 

temperatures were measured using a FLIR 

ThermoVision A20M Infrared camera (4) at the hole 

exits. The large compartment required to 

accommodate the IR camera to monitor the 

temperature at the exit of the hole places the cutting 

zone at a position beyond the recommended 

measuring distance from the dynamometer face, 

which might significantly affect the accuracy of the 

measured forces. The use of a special reflection 

mirror to reflect the emitted IR rays towards the lens 

of the IR camera, as shown in Fig. 3, requires a 

smaller compartment compared to that required for 

placing the IR camera. 

 

The test material used was a quasi-isotropic laminate 

comprising 35 plies of 8-harness satin woven 

graphite epoxy prepreg. The laminate was 

manufactured by autoclave molding with a cure time 

of 60 min at 127 °C under 516.75 kPa autoclave 

pressure to produce a final cured thickness of 6.35 ± 

0.02 mm. The OD tests were performed using a four 

flute 6.35 mm end-mill with a fluted length of 19 

mm and a total length of 63 mm. 

 

Delamination at the entry and exit of holes were 

investigated using the Olympus Model GZX 12 

optical microscope. Hole circularity and hole size 

errors along the depth of the hole were measured 

using a ‘‘Mitutoyo-Mach 806’’ coordinate 

measuring machine (CMM). Surface roughness 

measurements were done using a Form Talysurf 

series 2 surface profilometer. 

 

Tables 

 

Table 1 shows the ranges of axial feeds 

corresponding to the two levels of helical pitches 

used (1 mm and 3 mm) with spindle speeds of 6000, 

8000, 10000, 120000 and 16000 rpm. The orbital 

speeds used were 60, 80, 100, and 120 rpm. For the 

purpose of comparison, a 9.5 mm hole diameter was 

produced by conventional drilling, using a 3 flute 

twist drill, and by OD using a 4 flute end mill, for 

the same rotational speed and axial feed; n=6000 

rpm, and f=360 mm/min. 

 

3 Results and Discussion  

In this section, the results of the forces and 

temperatures are discussed and related to the hole 

quality parameters, including the hole entry and exit 

delamination, surface roughness, as well as hole 

size, circularity, and concentricity errors.  

 

3.1 Axial and tangential cutting forces 

In machining processes, most of the material and 

tool damage could be explained through 

investigating the drilling forces generated during the 

machining process. The OD drilling force signal in 

OD comprises features from the drilling and milling 

force signals. Fig. 4 shows an axial force signal for 

OD of woven CFRP laminate. The axial force (Fz) 

steeply increases from a value of zero to its 

maximum value when the flute cutting edges of the 

tool have engaged into the workpiece material to a 

depth equal to the pitch length. The axial force then 

starts to fluctuate as the tool performs a helical path 

towards the exit of the hole. This fluctuation is a 

collective resultant of the orbital motion (lower 

frequency fluctuation of the mean force value), the 

intermittent cutting of the up-milling regime as the 

tool rotates about its axis, and the anisotropy of the 

woven CFRP laminate being cut (responsible for the 

high frequency force fluctuation around the mean 

value). The axial force (Fz) starts decreasing when 

the end of the tool breaks through the hole exit, and 

keeps decreasing until it reaches a value of zero 

when the hole is completely produced. 
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Fig. 5 shows the in-plane horizontal force (Fx) and 

vertical force (Fy) signals for OD of woven CFRP 

laminate. Both force components possess similar 

signal forms with a phase shift near (π/2) between 

the signals of both force components. Through the 

helical path, the horizontal force (Fx) reaches its 

maximum mean value as the tangential cutting speed 

vector becomes aligned with the “x-axis” and as the 

tool engages with the uncut material normal to the 

cutting velocity vector; a position shown in Fig.6a. 

This also marks the point at which the mean value of 

the vertical force (Fy) component is equal to zero.  

The horizontal force (Fx) reaches a mean value of 

zero at the position shown in Fig.6b, where the 

maximum mean value of the vertical force (Fy) 

takes place. The in-plane forces fluctuate around a 

mean of zero. The dynamometer records an extreme 

positive and negative value of each of the in-plane 

force components per cycle following the alignment 

of the cutting vector directions with the coordinates 

of the dynamometer.   

 

The influences of spindle speed and helical feed on 

the average axial forces for 1 mm and 3 mm helical 

pitches are shown in Fig. 7. An average increase of 

nearly 90% in the average axial force can be seen as 

a result of higher (3 mm) pitch compared to the 

lower (1 mm) pitch. This increase in force is 

expected due to the larger uncut chip area in the case 

of the higher pitch. For both (1 mm and 3 mm) 

pitches, it can be observed that the average axial 

force increased as the helical feed increased. This 

direct relationship is due to the higher material 

removal rate (MRR) resulting from the higher 

helical feed, which requires higher force to perform 

cutting as the tool advances. On the other hand, the 

chip load reduction associated with increasing the 

spindle speed led to reducing the average axial force 

in an inverse relationship with the spindle speed. 

 

The average resultant in-plane forces (Fr) for all OD 

conditions are compared in Fig. 8. “Fr” represents 

the mean value of the resultant horizontal force (Fx) 

and vertical forces (Fy) calculated for the tool 

position at an angle 45 degrees, as shown in Fig.6. 

The 3 mm pitch generated in-plane forces around 

50% higher than the 1 mm pitch. This increase is 

attributed to the higher material removal rate (MRR) 

in the case of the 3 mm pitch. In Fig. 8, a positive 

relationship can be observed between the helical 

feed and the measured resultant in-plane force, 

except for the 8000 rpm condition with the 3 mm 

pitch. On the other hand, the relationship between 

the spindle speed and the measured resultant in-

plane force does not follow a fixed trend. Analysis 

of the results showed 45% reduction in the axial 

force component in orbital drilling (OD), compared 

to conventional drilling. This can be explained in 

relation to the redistribution of the cutting energy in 

OD.  

3.2 Hole entry and exit delamination 

The hole entry and exit delamination were 

investigated. None of the holes produced by the 

entire set of experiments has experienced a 

considerable entry or exit delamination. Fig. 9 (a) 

and (b) show the delamination-free exit edges of the 

holes that experienced the highest axial forces at a 

speed of 6000 rpm and pitch (a) 1 mm and (b) 3 mm. 

The delamination-free hole exits suggest that the 

level of the drilling axial force in all the OD 

conditions did not exceed the critical axial threshold 

value.  

 

This is explained by the fact that in conventional 

drilling, the zero tangential velocity drilling tool 

center dwells over the uncut material thickness 

throughout the drilling process creating 

interlaminate delamination if it exceeds the critical 

axial force limit [2]. For OD, the helical tool motion 

during hole making eliminates the tool center 

dwelling over the uncut material thickness hence 

reducing chances of interlaminate delamination 

either at the hole entry or exit. 

3.3 Temperature 

Thermal damage during machining is a critical 

aspect that must be considered while studying the 

impact of different process parameters on hole 

quality attributes. CFRPs are sensitive to thermal 

damage that causes material deterioration by 

decomposition at the machined surface and/or within 

the heat affected zones. Fig. 10 shows the effect of 

rotational speed and helical feed and pitch on the 

OD maximum recorded temperatures. The 

temperatures were measured at the exit of the hole 

immediately before the tool exit. The results show 

an average of 20% increase in the OD temperature in 

the case of 3 mm pitch compared to 1 mm pitch.  

This is attributed to the higher frictional force 

generated as a result of larger engagement length on 

the cutting tool in the case of higher pitch. For the 

conventional drilling, at an axial feed of 360 m/min 

and a speed of 6,000 rpm, the temperature is 255 C 
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which is almost double that of the OD process at the 

same cutting conditions. This confirms the suggested 

mechanism of cooling presented in [14] due to the 

presence of Taylor vortices in annular gaps.  

3.4 Hole surface quality 

The arithmetical mean surface roughness ‘Ra’ was 

measured along the hole depth in order to represent 

the quality of the produced hole surface. Fig. 11 

shows a map for the surface roughness of the holes 

produced by OD. For rotational speeds 6,000 rpm to 

10,000 rpm, the surface roughness was found to be 

less sensitive to the effect of axial feed.  For higher 

rotational speeds (12,000 rpm and 16,000 rpm), the 

surface roughness experienced a dramatic increase 

especially with higher axial feeds. This could be 

attributed to the fiber pull-out at higher rotational 

speeds as well as the growing effect of tool 

dynamics that results in poor fiber cutting. For the 

conventional drilling, the surface roughness is 1.83 

µm.  

 

3.5 Hole size accuracy 

The hole size error is defined by the ratio of the 

difference between the actual hole diameter “Da”, 

and the nominal hole diameter “Dn” to the nominal 

hole diameter (Hole Size Error (%) = (Da–

Dn)/Dn)×100. A negative error indicates that the 

produced hole is smaller than the nominal size. The 

limits of allowable tolerance on most of the drilling 

tools range between (±0.12% and ±0.15%). The 

accuracy of the hole size in the case of OD depends 

on the precision of the helical path generated by the 

machine tool at the first place.   

 

Fig. 12 shows the percentage of hole size errors for 

holes produced at 1mm and 3mm pitches, 

respectively. The tool dynamics effect resulting in 

oversized holes due to possible tool whirling at high 

speeds, and the tool deflection towards the hole 

center under the action of the radial force 

components are two factors that control the accuracy 

of holes produced by OD. The low pitch (1 mm) OD 

produced undersized hole sizes within acceptable 

tolerance limits, except the low speed conditions 

which produced out-of-tolerance under sized holes. 

The negative error of the hole size increased with the 

increase in feed, as a result of the growing effect of 

tool deflection with higher forces associated with 

high feeds.  On the other hand, the negative error of 

the hole size decreased with the increase in 

rotational speed, as a result of the tool dynamics 

effect rectifying the effect of tool deflection.  

 

The high pitch (3 mm) OD with low rotational 

speeds (6,000 rpm and 8,000 rpm) produced under-

sized hole sizes beyond acceptable tolerance limits. 

This is attributed to the dominating tool deflection 

effect with high pitch combined with low tool 

dynamics effect at low rotational speeds. Holes 

produced at 10,000 rpm exhibited an inflection from 

a positive to a negative error at the range of low 

feed. At high rotational speeds (12,000 rpm and 

16,000 rpm), the significant effect of tool dynamics 

resulted in out of tolerance oversized holes (positive 

error) that decreased as the feed increased due to the 

growing effect of tool deflection. As compared to 

the conventional drilling, the hole size errors in OD 

are relatively higher due to the smaller size of the 

tool and the higher tangential forces. For the 

conventional drilling, at a speed of 6,000 rpm and a 

feed of 360 mm/min, the error is 0.03%.  

 

The hole circularity errors are shown in Fig. 13. The 

circularity errors for the higher pitch (3 mm) are 

three times higher than for the lower pitch (1 mm). 

This is mainly attributed to the increased in-plane 

forces for the higher pitch. The effect of speed is 

more pronounced for the higher pitch where the 

circularity increased with increase in speed.  

 

The hole concentricity errors are shown in Fig. 14.  

In general, the error levels for the concentricity and 

circularity are below the industrial requirements 

which often are set to 25 µm. No definite trend is 

seen for all the conditions. At low orbital pitch (1 

mm), one can notice that for a given feed, the 

concentricity tends to increase with speed, but at the 

highest speed (16,000 rpm), there is a considerable 

reduction in error.  

 

Conclusions 

The effect of the cutting parameters (feed and speed) 

in the orbital drilling process on the cutting forces, 

temperatures, and hole quality attributes was 

presented. It was shown that the thrust forces 

increase with axial feed and decrease with the speed, 

while the temperature increases with both speed and 

feed. Delamination-free hole were obtained with 

orbital drilling. The hole size error was governed by 

the two competing factors, namely, the deflection 

due to the cutting forces and the tool dynamics due 
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to the higher rotational speeds. It was found that the 

orbital drilling offered reduced thrust forces, lower 

temperatures, and better surface roughness than 

conventional drilling. The in-plane forces and the 

hole size errors were higher than conventional 

drilling. Machinability maps were presented to serve 

as a tool for the optimization of the cutting 

parameters within the quality requirements 

constraints.  
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Tables 

 

Table 1: Axial feeds of orbital drilling 

Helical pitch Axial feeds (mm/min) 

1mm 60 80 100 120 

3mm 180 240 300 360 
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Figures 

 

Fig. 1: Description of tool and motion in orbital 

drilling 

 

Fig. 2:  (a) OD experimental setup, (b) setup for 

infrared (IR) temperature measurement at the hole 

exit 

 

Fig. 3. Schematic of the IR temperature 

measurement setup 

 

Fig. 4 Axial force signal for OD of woven CFRP 

laminate (feed = 1200mm/min, speed = 6000rpm and 

1mm pitch) 

 

 

Fig. 5 Horizontal and vertical (in-plane) force signals for 

OD of woven CFRP laminate (feed=1200mm/min, speed 

= 6000 rpm and 1mm pitch) 
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Fig.6. In-plane (horizontal and vertical) force 

components at different tool positions  

 

Fig. 7. Effect of OD axial feed and rotational speed 

on axial force 

 

Fig. 8. Effect of OD axial feed and rotational speed 

on cutting force 

 

 

Fig. 9. Hole exit for axial feeds (a) 120 mm/min and 

(b) 360 mm/min 

 

Fig. 10. Effect of OD axial feed and rotational speed 

on cutting temperature 

 

Fig. 11. Effect of OD axial feed and rotational speed 

on surface roughness of holes  

 

Fig. 12. Effect of OD axial feed and rotational speed 

on hole size errors 
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Fig. 13: Effect of OD axial feed and rotational speed 

on circularity errors 

 

 

Fig. 14. Effect of OD axial feed and rotational speed 

on concentricity errors 
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1. General introduction 

As known for many decades, several environmental 
problems have been created due to the inability of 
natural organisms to degrade synthetic polymers. 
Considerable efforts have been made to develop 
biodegradable materials, especially interesting from 
renewable resources such as agricultural byproducts. 
Among candidate proteins, wheat gluten has 
received attention because it is a low-cost raw 
material, annually renewable, biodegradable and 
readily available. 
 
Traditionally, wheat gluten is widely used for food 
applications such as breads, pasta, noodles, and 
cookies. Besides in food technology, the use of 
wheat gluten has been explored in non-food 
applications such as biopolymers and biocomposites 
[1-3]. In absence or at low concentrations of 
plasticizer, high-temperature compression molded 
wheat gluten powder upon cooling vitrifies into a 
rigid material. This rigid gluten biopolymer has also 
been combined with natural fibers to obtain green 
composites [4].  
 
However, there are certain limitations for this type 
of composite, particularly regarding its 
processability and environmental (moisture) 
resistance. Gluten composites still contain a 
significant amount of water after processing. In the 
case of gluten polymers, the mechanical properties 
are affected considerably by the residual moisture 

content [5]. Therefore, in case of gluten composites, 
their properties are also expected to change. 
 
Humidity and its influence on fiber reinforced 
composites do not have to be considered so strongly 
in traditional carbon or glass fiber reinforced 
composites. However, it has a great influence on the 
properties of natural fiber composites. Because of 
the chemical constituents of fibers as well as 
biopolymer matrices, due to their hydrophilic nature 
there will always be a tendency to absorb moisture. 
This is a serious concern as there are potential 
outdoor applications, where moisture absorption will 
occur.  
 
The interfacial bonds between the natural fibers and 
biopolymer matrices would be weakened with high 
water uptake [6]. The weakened interface causes the 
reduction of the mechanical properties of the 
composites. Indeed, modulus and strength decrease 
with immersion time [6-10]. However, there is little 
literature available about the influence of 
environmental humidity on the mechanical 
properties.  
 
The aim of this research is to study the moisture 
absorption behaviour of gluten polymers and 
subsequently of flax fiber/gluten composites. Up till 
now, there have not been conclusive results on the 
effect of moisture content on the thermo-molded 
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gluten polymers, as well as on the rigid gluten 
composites. 
 

2. Experiments 

2.1. Materials 

Wheat gluten powder sourced from Tereos Syral 
(Aalst, Belgium) contains 77.8% protein and 
typically 5.6% moisture content.  
 
Hackled flax was delivered by Terre de Lin 
(France). This form of flax is a continuous ribbon, in 
which the fibers are well aligned. The linear density 
of this material is 30000 tex, and the preform has a 
width of about 25 cm. 

2.2. Samples manufacturing 

An extensive presentation of the procedure to make 
a prepreg from the fibres and gluten powder is given 
by Vo Hong et al. (2012) [4]. Briefly, the flax/gluten 
prepregs were prepared by spraying gluten powder 
on the wet fiber preforms till 33% in fiber volume 
fraction was obtained. The products were dried 
under vacuum at 20 °C to avoid any premature 
cross-linking of the gluten at higher temperature. At 
this dry state, the moisture content was measured 
according to AACC Approved method 44-15.02 
[11]. Samples were dried for 24h at 130 °C until no 
further weight change was observed. 
 
Subsequently, prepregs were immediately stored in 
the climate chamber at 50% RH and 20 °C for 7days 
for conditioning the moisture content. At this state, 
moisture content was determined again to see how 
much amount of water absorbed into the products. 
They were then stacked in unidirectional orientation 
at 8 layers and compression molded at 150 °C for 5 
minutes and 5 bars in a hot pressing machine Zenith 
2 (Pinette Emidecau Industries, Chalon sur Saône, 
France). As soon as they were taken out of the 
machine, their moisture content was determined 
again. 
 
The same processing conditions were applied in the 
case of gluten polymers. After compression molding, 

moisture content was measured and considered as 
the initial state for moisture absorption. 

2.3. Moisture absorption and determination 

After determining initial moisture content, the initial 

mass �𝑀𝑑𝑟𝑦� was recorded. All gluten polymer and 

composite samples were stored in a climate chamber 
at different RH’s (50-80%) and 20 °C for moisture 
absorption. During storage time, samples were 
periodically withdrawn from the environment and 
immediately weighed (𝑀𝑤𝑒𝑡

𝑡 ) using an electrical 
balance accurate to 0.0001g. The moisture 
absorption was monitored after 2 days and 7 days, 
and then plotted as the weight gain against the 
storage time. The weight gain (Eq 1.) due to 
moisture absorption was expressed as the increase in 
sample mass divided by its initial weight and 
multiplied by 100%. Thus, 
 

𝑇ℎ𝑒 𝑤𝑒𝑖𝑔ℎ𝑡 𝑔𝑎𝑖𝑛 =  𝑀𝑤𝑒𝑡
𝑡 −𝑀𝑑𝑟𝑦

𝑀𝑑𝑟𝑦
∗ 100% (1) 

 
Moisture absorption was determined in duplicate. 
After 2 and 7 days, the mechanical properties of the 
samples were immediately determined and then 
moisture content was measured. 

2.4. Mechanical properties 

In order to evaluate the mechanical behaviour of 
gluten polymers and composites after 2 and 7 days 
of moisture absorption, flexural tests were used. As 
soon as samples were withdrawn from the 
environment, they were tested on an Instron 4467 
with a 1 kN load cell. The support length of the 
specimens was at least 16 times the thickness of the 
plates (± 2 mm), to obtain pure bending. The 
flexural modulus of each sample was determined by 
calculating the slope of the stress-strain curve in the 
initial linear region. At least three samples were 
tested in each configuration. 

2.5. Glass transition temperature (Tg) 

The glass transition temperature of gluten materials 
was determined as described by Jansens et al. (2012) 
[5]. Differential scanning calorimetry (DSC) 
measurements were used in a Q2000 DSC 
instrument (TA Instruments, New Castle, DE, USA) 
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using hermetically closed aluminum pans. At the 
beginning, samples were cooled down to -30 °C as a 
starting point. Afterwards, they were first heated 
from -30 °C to 110 °C at 10 °/min, kept at 110°C for 
10 minutes, and then cooled down to -30 °C at the 
same rate. After equilibrating at -30 °C, they were 
heated a second time with the same rate as during 
the first heating. Based on two heating cycles, the Tg 
values are reported from the second heating run [12]. 
 

3. Results and discussion 

3.1. Moisture absorption and determination 

The influence of moisture absorption on gluten 
polymers plays an important role as well on gluten 
composites. From Fig. 1, the absorption rate at 80% 
RH post storage of polymers is higher than at 50% 
RH. The same tendency is observed for composite 
samples. However, the absorption rate of composites 
is much faster than for polymers, particularly at 80% 
RH. Indeed, additional natural fibers in composites 
make the absorption more complex. Moisture can be 
absorbed through the fibers by capillarity and 
propagated through the matrix at the interface [13]. 
 
To investigate the moisture change after 
compression molding as function of post storage 
conditions, the moisture content of all gluten 
samples was measured (table 1). In earlier 
discussions [5], gluten polymers thermo-molded 
from gluten powder with 5.6% water content had a 
small increase in moisture content till 6.1% after 
compression molding. After post storage at 50% RH 
during 2 and 7 days, moisture content did not change 
significantly, whereas polymers absorbed more 
water after 80% RH post storage.  
 
Opposite to pure polymers, gluten composites have 
some more significant changes in moisture content 
as function of storage conditions. Due to storing the 
dry prepregs at standard conditions of 50% RH and 
20 °C, moisture content increases till 8.7% which is 
higher than in initial gluten powder. After 
compression molding, the moisture level in 
composites dramatically drops to 3.1%. At this dry 
state, materials seem to be anhydrous and start to 

absorb moisture again. At 7 days at 50% RH, the 
moisture content of the composites is lower than the 
value of the polymers, but the absorption rate of the 
composites is faster than the polymers, showing that 
composites need less time to obtain the same 
moisture content as polymers. At 2 days and 80% 
RH, the same moisture content is observed for both 
gluten polymers and composites. However, 
composite samples absorb more water than polymers 
after 7 days at 80% RH. The fibres must be 
responsible for the faster absorption rate. 

3.2. Mechanical properties 

Moisture absorption has a negative effect on the 
mechanical properties of gluten materials (table 2). 
The higher post storage leads to lower mechanical 
properties. This effect on gluten polymers was 
discussed in the previous work of the authors [5]. 
The modulus was slightly lower and the strength was 
significantly reduced at longer storage time and in a 
higher humidity environment. 
 
In the case of gluten composites, a clear difference 
in modulus is observed at different post storage 
conditions. Modulus decreases from 2 to 7 days at 
50% RH as well as at 80% RH. Particularly, 
composite modulus dramatically decreases by 52% 
going from 50 to 80% RH after 7 days while 
polymer modulus dropped around 19%. In addition, 
the composite strength also reduces in higher 
humidity environment. It drops down till the strength 
values of polymers at 50% RH post storage. In the 
paragraph dealing with the correlation between 
mechanical properties and moisture content, this will 
be further discussed. Note that the composite 
modulus represents the fiber straightness and 
homogeneities of fiber and matrix distribution, 
whereas the composite strength also shows the 
quality of the interfacial adhesion between fibers and 
matrix. Both the modulus and strength in this study 
showed quite low values compared to theoretical 
calculations (Rule of Mixtures) [4] indicating the 
impregnation of gluten in between fiber bundles was 
not optimized yet. 
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3.3. Glass transition temperature 

The Tg values of gluten materials are also presented 
in table 2. It was shown that the Tg decreased by 
exposing gluten polymers in high humid 
environment [5]. This could be explained by 
plasticization of the gluten by water [14]. When 
added to polymeric materials, a plasticizer modifies 
their three-dimensional organization, decreasing 
attractive intermolecular forces and increasing free 
volume and chain mobility [2]. The same 
phenomenon is observed in gluten composites. The 
Tg of composite samples reduces dramatically 
compared with polymer samples at every post 
storage condition. In the next paragraphs, the Tg as 
function of moisture content will be discussed.  

3.4. Relationship between mechanical properties 
and moisture content 

The correlation between modulus of gluten materials 
and moisture content at different post storage 
conditions is shown in Fig. 2. The polymer modulus 
is fairly low when increasing moisture content. 
However, the studied range of moisture contents was 
relatively small, so it did not heavily affect the 
modulus [5]. At higher moisture level, the modulus 
significantly drops as e.g. reported by Woerdeman et 
al. (2004) [1]. For the case of gluten composites, the 
influence of moisture content is entirely clear. The 
moduli drop steadily at higher moisture content (R² 
= 0.93).  
Fig. 3 shows the strength as function of moisture 
content for all gluten materials. A decrease in 
strength corresponds to an increase in moisture 
content. The strength is linear correlated with 
moisture content for polymers (R² =0.91) and 
composites (R² = 0.93). 
 

3.5. Relationship between glass transition 
temperature and moisture content 

Fig. 4 plots the correlation between Tg and moisture 
content for all gluten materials. Moisture content 
shows a linear correlation with Tg for polymer 
samples (R² = 0.98) and composite samples (R² = 
0.82). Tg reduces with increasing moisture content.  
 
The Tg of composite samples shows lower values 
than for polymer samples at the same level of 
moisture content. This could be explained by higher 
amount of moisture in the polymer matrix of 
composites. This type of composite includes two 
components which have ability to absorb water. Flax 
fibers are known for the hydrophilic character of 
cellulose. It is possible that the flax fibres would 
conduct moisture into the gluten matrix. As a result, 
apparently the moisture content in the matrix of the 
composites is higher than in gluten polymers at the 
same global moisture content. Therefore, the Tg of 
gluten composites would be lower than in gluten 
polymers at the same global level of moisture. More 
work is needed to elucidate the exact mechanism. 
 

4. Conclusion 

The effect of moisture absorption on gluten 
polymers and composites has been studied. It shows 
that gluten materials absorb more moisture in higher 
humidity environment. Moreover, the mechanical 
properties are linearly correlated with moisture 
content. The decrease in modulus and strength 
corresponds to the increase in moisture content. 
Finally, the glass transition temperature is also 
strongly affected by the level of moisture. The glass 
transition temperatures of gluten composites are 
lower than in the gluten polymer at the same global 
moisture content. 
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Fig. 1. Different levels of moisture absorption of gluten materials at 50 and 80% RH after 7 days. 

 
 

Table 1. Moisture content of gluten materials after compression molding and at different post storage conditions. 

Samples Moisture content (%) 
Gluten polymers after compression molding 
Gluten polymers at 2days, 50% RH* 
Gluten polymers at 7days, 50% RH* 
Gluten polymers at 2days, 80% RH* 
Gluten polymers at 7days, 80% RH* 
Dry prepregs 
Prepregs at 7days, 50% RH 
Gluten composites after compression molding 
Gluten composites at 2days, 50% RH 
Gluten composites at 7days, 50% RH 
Gluten composites at 2days, 80% RH 
Gluten composites at 7days, 80% RH 

6.1 (0.1) 
5.9 (0.0) 
6.0 (0.1) 
7.2 (0.0) 
8.1 (0.0) 
1.4 (0.2) 
8.7 (0.2) 
3.1 (0.1) 
4.7 (0.1) 
5.5 (0.2) 
7.5 (0.6) 

10.0 (0.1) 

* Data is taken from earlier work of the authors [5]. Standard deviation is given in brackets. 

 
Table 2. Mechanical properties and glass transition temperature of gluten materials at different post storage conditions. 

Samples Modulus (GPa) Strength (MPa) Tg (°C) 
Gluten polymers at 2days, 50% RH* 
Gluten polymers at 7days, 50% RH* 
Gluten polymers at 2days, 80% RH* 
Gluten polymers at 7days, 80% RH* 
Gluten composites at 2days, 50% RH 
Gluten composites at 7days, 50% RH 
Gluten composites at 2days, 80% RH 
Gluten composites at 7days, 80% RH 

4.2 (0.2) 
4.3 (0.2) 
3.6 (0.2) 
3.5 (0.1) 

12.9 (0.6) 
10.4 (1.0) 
6.7 (0.1) 
4.9 (0.4) 

47.6 (2.9) 
43.3 (1.4) 
34.8 (3.3) 
32.6 (2.3) 
58.6 (5.0) 
59.8 (8.6) 
54.1 (6.0) 
42.9 (5.7) 

76.5 (0.2) 
76.7 (0.4) 
71.5 (1.1) 
65.0 (1.3) 
56.6 (0.3) 
57.3 (1.3) 
47.7 (2.9) 
44.0 (1.0) 

* Data is taken from earlier work of the authors [5]. Standard deviation is given in brackets. 
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Fig. 2. Modulus of gluten materials as function of moisture content at different post storage conditions. 

 
 
 

 
Fig 3. Strength of gluten materials as function of moisture content at different post storage conditions. 
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Fig 4. Glass transition temperature of gluten materials as function of moisture content at different post storage conditions. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

The aim of the present work was to study and 

compare the processing conditions and final 

mechanical properties of continuous glass-fiber 

reinforced polypropylene composites (GF/PP) 

manufactured by using available thermoplastic pre-

impregnated materials produced by different 

methods. 

In the last years, thermoplastic matrices have been 

replacing with success thermosetting matrices in 

long/continuous fiber reinforced composites in 

almost markets due to the numerous advantages they 

present. However, it remains a challenge developing 

cost-effective technologies to allow wetting and 

impregnating fibers with thermoplastic matrices, 

characterized for being much more viscous than 

thermosets [1- 3]. 

Today, two major technologies are being used to 

allow wet reinforcing fibers with thermoplastic 

polymers [2, 3]: i) the direct melting of the polymer 

and, ii) the intimate fiber/matrix contact prior to 

final composite fabrication. Continuous fiber 

reinforced thermoplastic matrix pre-impregnated 

tapes are, for example, produced by direct melting 

processes. Alternatively, intimate contact processes 

allow producing cheap and promising 

pre-impregnated materials, such as, commingled 

fibers, co-woven fabrics and towpregs. 

This work studies and compares the processability of 

final composite parts by using three different 

pre-impregnated materials produced by each one of 

both above mentioned wetting techniques. All 

studied pre-impregnated materials were based on a 

continuous glass fibers reinforced polypropylene 

matrix (GF/PP) system. One is a pre-consolidate 

tape (Fig. 1 b)) that was produced by the melting 

process (cross-head extrusion) in a previous 

work [4] and, from the other two produced by 

fiber/matrix intimate contact methods, one is a 

commercial available commingled fibers product 

(Fig. 1 c) and the other a towpreg (Fig. 1 a)) 

produced by our own developed dry coating 

prototype line [5]. Pultrusion and compression 

molding were the selected manufacturing methods 

for processing all these pre-impregnated materials 

into composite parts. 

To assess the quality of the three different GF/PP 

pre-impregnated materials, the final manufactured 

composite parts were finally submitted to 

mechanical testing and microscopy analysis. The 

obtained properties were compared between each 

other and to those theoretical ones that can be 

predicted by using the Classical Lamination Theory 

(CLT).  

 

2 Experimental 

2.1 Raw Materials 

The following raw materials were used to produce 

GF/PP pre-impregnated materials in the course of 
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this work: i) a PP powder ICORENE 9184B P
®
 and 

Type E glass fiber direct rovings 305E-TYPE 30
®
 

from the ICO Polymers and Owens Corning, 

respectively, were used to produce the GF/PP 

towpregs (Fig. 1 a)), ii) the PP Moplen RP348U
®
 

and the type E glass fiber roving TufRov 4599
®
 

from the Basell and PPG Industries, respectively, 

were used to manufacture the GF/PP tapes 

(Fig. 1 b)). Tables 1 and 2 present the properties of 

these raw-materials. 

The commercial available Twintex
®
 

R PP 60 B 1870 FU from Owens Corning was the 

commingled fibers product used (see Fig. 1 c)). 

Table 3 shows properties of this product mentioned 

in the manufacturer datasheets. 

Being well-known that maleic anhydride usually 

enhances the fiber/matrix adhesion [6-10], some 

batches of GF/PP towpregs were also produced 

using the PP powder (ICORENE 9184B P
®
) 

additivated with 1% mass content of maleic 

anhydride, S 47 29608 707
®
 from Merck Schuchardt 

OHG, to confirm that effect. 

2.2 Production of Thermoplastic Matrix 

Pre-Impregnated Products 

The GF/PP towpregs were produced in a developed 

dry powder coating equipment schematically shown 

in Fig. 2 and illustrated in the photo of Fig. 3 [5, 11]. 

It consists of six main parts: wind-off system, fiber 

spreader unit, heating section, coating section, 

consolidation unit and a wind-up section. Initially, 

the reinforcing fibers are wound-off and pulled 

through a pneumatic spreader and then coated with 

polymer by heating in a convection oven and made 

to pass into a polymer powder vibrating bath. A 

gravity system allows maintaining the amount of 

polymer powder constant. The consolidation unit 

oven allows softening the polymer powder, 

promoting its adhesion to the fiber surface. Finally, 

the thermoplastic matrix towpreg is cooled down 

and wound-up on a spool. 

To try maximizing the polymer powder content in 

the towpregs the following processing conditions 

were varied within the next ranges: i) convective 

oven temperature (ºC): 650 - 700; ii) Consolidation 

furnace temperature (ºC): 350 – 450; iii) Coating 

line pulling speed (m/min): 4 – 6. 

The polymer mass fraction in the towpregs, p, was 

determined by weighting towpreg strips produced in 

those different conditions and using the following 

equation: 

   
     

  

 (1) 

where Wt and Wf are the measured unit length 

weights of the towpreg strip and fiber roving, 

respectively. 

From the polymer mass fractions obtained in 

produced towpreg strips it was possible to establish 

as optimal the following operating parameters: 

convective and consolidation oven temperatures of 

700 ºC and 400ºC respectively, and a linear pulling 

speed of 6 m/min. In such operational conditions the 

GF/PP towpregs were continuously produced with 

polymer mass content of 30.0 % ± 7.2 %. 

Unexpectedly, very low polymer mass fractions 

( 10 % - 16 %) were obtained when the PP powder 

add with 1% of maleic anhydride was used in the 

production of the GF/PP towpregs. Thus, the idea of 

using this additive to improve adhesion of the PP 

matrix to the glass fibers was abandoned. 

The GF/PP pre-consolidated tapes (PCT) used in this 

work were, on other hand, produced in a cross-head 

extrusion equipment (see Fig. 4) from our own 

laboratories [4]. The core of this technology is an 

impregnation unit where the glass fibers are 

introduced, spread and impregnated by the polymer 

melt. Impregnation is achieved by building-up the 

pressure acting on the molten polymer trapped 

between the unit’s spreading elements and the fiber 

rovings. 

The apparatus consists of a creel holding system for 

fiber rovings, a guidance unit allowing an adequate 

transport of fiber into the impregnation section, an 

extruder to melt and feed the molten polymer into 

the impregnation unit, the impregnation unit itself 

and, subsequently, a cooling unit, a puller, and a 

take-up device where the composite tape is 

collected. An overview of main properties of the 

PCTs produced by this means is given in Table 4. 

Today, some pre-consolidated thermoplastic matrix 

tapes (PCTs) produced in similar way are 

commercially available through the company Comp 

Tape Lda. [12].  

2.3 Composites Processing 

All three GF/PP pre-impregnated materials were 

then process into composite bar profiles and plates 
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by pultrusion and heated compression molding, 

respectively. A prototype pultrusion line (Fig. 5) 

[13] and a 400 kN Moore hot platen press were used 

to all these fiber reinforced thermoplastic matrix pre-

impregnated products. 

 

2.3.1 Pultrusion 

Our own developed 10 kN pultrusion equipment, 

schematic depicted in Fig.6, consists in five main 

parts: i) an initial towpreg bobbins holding cabinet; 

ii) guiding system; iii) pultrusion head, that includes 

a pre-heating furnace and the 

pressurization/consolidation and cooling dies; iv) 

pulling system and, v) the final profile cutting 

system. 

To produce composite profiles, the pre-impregnated 

materials are guided into the pre-heating furnace to 

be heated up to the required temperature. Then, they 

enter in the pultrusion die to be heated up and 

consolidated to the required size in its first zone and, 

after cooled down in order to solidify. The pultruded 

material is then cut into specified lengths. The pre-

heating furnace may reach a temperature of 1000 ºC 

and was designed to allow processing almost every 

type of fiber/thermoplastic-based pre-impregnated 

materials. 

A rectangular 20 ×2 (mm) die was used in the 

present work to produce a tape-shaped thermoplastic 

matrix composite profile. 

Twenty pre-impregnated towpreg rovings were used 

to process the rectangular 20 ×2 (mm) composite 

pultruded profiles from the towpregs. To determine 

the best processing window, the main processing 

conditions were varied following ranges by 

maintaining the cooling die at 25 ºC: 

- pre-heating temperature (ºC): 170 - 180 

- press./consolidation die temperature (ºC): 

240 - 300 

- linear pultrusion speed (m/min): 0.2 - 0.4 

Results have shown that was not possible to produce 

in steady conditions pultruded profiles from 

towpregs at pultrusion speeds and 

pressurization/consolidation die temperatures higher 

than 0.3 m/min and 280 ºC, respectively. 

By using higher values in these two parameters the 

process became unsteady mainly due to high level of 

fiber breakage between dies and reflux and 

accumulation of the thermoplastic polymer at 

entrances of the pressurization/consolidation and 

cooling dies, respectively (see Fig. 7).The same 

processing problems occurred when temperatures 

below 270º C were used in the 

pressurization/consolidation die and, because of that, 

it was decided maintaining constant the temperature 

of 280 ºC in this die. 

By maintaining constant the temperatures in the 

cooling and pressurization/consolidation dies at 

25 ºC and 280 ºC, respectively, composite profiles 

pultruded in different processing conditions were 

submitted to the flexural tests, as described in next 

paragraph 2.4, for optimizing the above mentioned 

processing variables in order to obtain the profiles 

presenting best mechanical performance. As may be 

seen from the obtained results summarized in 

Table 5, very similar values of flexural moduli and 

strengths were found by using pre-heating furnace 

temperatures and linear pultrusion pulling speeds in 

the ranges of 170 - 180 (ºC) and 0.2 - 0.3 m/min, 

respectively. While the slower pultrusion pulling 

speed of 0.2 m/min seemed to generate profiles with 

higher absolute values, this was not confirmed by 

the flexural properties divided by the determined 

fiber volume fraction depicted in two last the 

columns of Table 5. On the other hand, higher 

flexural strength values, both in absolute and relative 

terms, were obtained at the higher temperature of 

180 ºC in pre-heating furnace. 

Thus, it was concluded to use as optimal pultrusion 

operating window the following one:  

- pre-heating temperature (ºC): 170 - 180 

- press./consolidation die temperature (ºC): 280 

- cooling die temperature (ºC): 25 

- linear pultrusion speed (m/min): 0.2 - 0.3 

The same above mentioned processing window was 

used to process, without major difficulties, 

rectangular 20 ×2 (mm) composite pultruded 

profiles from the both other thermoplastic matrix 

pre-impregnated materials studied in this work: the 

GF/PP tapes and Twintex
®
 commingled fibers. 

 
2.3.1 Heated Compression Molding 

In the present work, all the three different GF/PP 

thermoplastic fiber reinforced pre-impregnated 

products studied were also processed into 

rectangular 180 × 180 × 2 (mm) composite plates. 

After having been cut and weighted all pre-

impregnated were introduced in a 180 × 180 (mm) 

cavity placed between the heated platen of a 400 kN 
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Moore press. After a 10 min delay at press platen 

temperature, the press was closed until reaching the 

maximum compression force of 200 kN. One minute 

after reaching the maximum force, the press platen 

were cooled down maintaining constant the press 

closing force. When the temperature of 30 ºC was 

reached, the press platen were opened and the final 

composite plate finally removed from the mold. 

Thus, the unidirectional fiber reinforced composite 

plates were produce by using the following 

processing conditions: 

- press platen temperature (ºC): 250 

- pre-heating time (min): 10 

- press closing force (kN): 200 

- delay at maximum closing force (min): 1.0 

- opening platen temperature (ºC): 30 

 

2.4 Composites Testing 

The final manufactured composites were tested to 

determine their glass fiber mass content and flexural, 

tensile and interlaminar mechanical properties. Their 

cross-sections were also analyzed under optical 

microscopy to evaluate the fiber distribution and 

fiber/matrix adhesion.  

 

2.4.1 Testing Procedures 

Glass fiber mass content in the composites was 

determined by using calcination tests according to 

the EN ISO 1172 standard. After calcining the 

composite sample inside a crucible in a furnace at 

600 ºC, the glass fiber mass fraction, f, was 

obtained by:   

   
     

      

 
(2) 

where m1, m2 and m3 are the measured crucible and 

composite sample plus crucible initial weights and 

the final measure weight of crucible plus residue. 

Furthermore, by knowing the fiber and polymer 

densities, f and p, respectively,  the fiber mass 

fraction (f) may be converted in fiber volume 

fraction (vf) by: 

    

 
 

⁄

 
 

⁄  
   

 
 

 
⁄

 

 

(3) 

Tensile tests were conducted according to the 

ISO 527 standard in a 100 kN Shimadzu universal 

testing machine at the crosshead speed of 2 mm/min 

using a 50 mm Shimadzu strain gauge. Well-known 

Eq. 4 was used to determine composite stress, , as: 

  
 

 
 (4) 

where F and S are the measured force and sample 

cross section area, respectively. 

The tensile modulus, E, was determined from the 

slope of the initial linear portion of the experimental 

stress/strain curve acquired from the tensile test. 

Three-point flexural tests were also conducted on 

five 110 ×  15 ×  2 (mm) composite specimens, 

using 100 kN Shimadzu universal testing machine 

and a distance between supports of 80 mm, 

according to ISO 14125 standard at the crosshead 

speed of 1 mm/min. The flexure stress, f, was 

determined from Eq. 5:  

  
     

      
 (5) 

where F, L, l and h are the applied force, distance 

between supports and sample width and thickness, 

respectively. 

The flexure modulus, Ef,  was also determined by: 

   
     

      
 (6) 

where md is the initial linear slope of the force versus 

displacement acquired from the flexural test. 

Samples with dimensions of 20 × 15 × 2 (mm) cut 

from the compression molded composites plates 

were submitted to interlaminar shear tests according 

to ASTM D2344 standard. The tests were conducted 

in a 50 kN Shimadzu universal testing machine by 

using an initial pre-charge of 1 N at the crosshead 

speed of 1 mm/min and a 10 mm span between 

supports. The interlaminar shear strength, FSBS, has 

been determined as: 

          
  
   

 (7) 

where Pm, b and h are the maximum failure force 

and the sample width and thickness, respectively. 
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2.4.2 Discussion of Results 

Table 6 summarizes all results obtained from the 

unidirectional composites processed by pultrusion 

and compression molding from the pre-impregnated 

products under study. The high strength of 

unidirectional composite specimens didn´t permit 

break them in the tensile tests made in fiber direction 

due to grip slippage and, due to that, their respective 

tensile strengths are not shown  in the table.  

To better evaluate and compare the mechanical 

properties obtained on the composites processed 

from the different pre-impregnated products studied, 

Table 6 also presents theoretical expected values and 

relative values of those properties divided by the 

obtained fiber volume fraction, from which they are 

supposed to be linearly dependents. 

The theoretical values of moduli, E, and strengths, 

ult, were directly obtained from the rule of mixtures 

by using the raw-materials properties presented in 

Table 1 as can be seen in the following Eqs. 8 and 9: 

                 
 

(8) 

                           (9) 

where, Ef, Ep, fult, pult are the fiber modulus, 

polymer modulus and fiber and polymer matrix 

tensile strengths, respectively. 

As the raw-materials presented in Table 1 were not 

used to manufacture the commingle fibers Twintex® 

and PCTs, the theoretical predictions for properties 

of the composites made from these materials may 

present more important deviations from the real 

values obtained. 

Obtained results allow concluding that all the pre-

impregnated products studied in this work presented 

enough good properties for being employed in the 

major commercial engineering structural 

applications.  

From results in Table 6 is possible concluding that 

commingled fibers Twintex
®
 presented, in general, 

better properties and had also shown to be more 

adjusted to commercial application demands and 

adapted for being easily processed into final 

composites by the currently used manufacturing 

methods, probably because they have already been 

available for longer time in the market. 

Nevertheless, the GF/PP pre-impregnated products 

produced in our laboratories (towpregs and PCTs) 

have already demonstrated to have very good 

mechanical behavior, namely, in terms of stiffness. 

In fact, the composites manufactured from these 

products presented experimental moduli values very 

nearby the theoretical expected ones. While 

composites processed from the PCTs demonstrated 

to have better mechanical strength, those produced 

from towpregs presented higher moduli. As 

mechanical strength values are plus affected by 

small defects than those from moduli, the 

composites manufactured from PCTs seem to profit 

from the pre-consolidate state already presented by 

this product before final processing. 

As Fig. 8 shows, under optical microcopy still was 

possible distinguish important discontinuities on the 

cross section of composites pultruded from towpregs, 

where it may be seen zones very rich in polymer 

contrasting with others with much greater quantity 

of fibers.  

Finally, it may be noted that any of composites made 

from the towpregs and PCTs reached failure in the 

interlaminar shear tests. This fact reveals the high 

degree of ductility exhibited by these materials 

which may be relevant for many applications. Thus, 

the interlaminar shear strength results shown in 

Table 6 correspond to maximum force applied in the 

test. It must be also referred that values of 

interlaminar shear strength for composites processed 

from the commingled fibers Twintex
®
 don´t appear 

on Table 6 because such composites were not 

submitted to interlaminar shear tests. 

 

3 Conclusions 

Three different commercial promising glass fiber 

reinforced thermoplastic matrix pre-impregnated 

materials were easily processed by pultrusion and 

compression molding in the present work: a 

commercial available GF/PP commingled fibers 

product and also GF/PP towpregs and tapes 

manufactured in our own laboratories. 

The production of and processing of GF/PP 

towpregs and tapes were optimized. 

The mechanical properties of the composites 

processed from all those three GF/PP pre-

impregnated were determined and evaluated. All of 

them demonstrated to have mechanical properties 

compatible with the requirements of the major 

current structural engineering applications. In 

general, commingled fibers Twintex
®
 presented 

slight better mechanical properties and have shown 
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to be more adjusted for composite processing than 

the other pre-impregnated products due to be already 

for longer time in the market. 

More research must be done to try increasing the 

processing speeds of GF/PP towpregs and tapes and 

improve the uniformity and dispersion of raw-

materials in the composites made from the towpregs. 
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Tables 

 

 

Table 1. Properties of GF/PP Towpregs raw-materials 

Property 

PP powder  

(ICORENE 9184B P
®
) 

Glass fiber  

(305E-TYPE 30
®
) 

Manufacturer 

datasheet 
Experimental 

Manufacturer 

datasheet 
Experimental 

Linear density (Tex) - - 2400 - 

Specific gravity (Mg/m
3
) 910 910 2650 - 

Tensile strength (MPa) 30
1 

19
1 

3500 1657 

Young Modulus (GPa) 1.3 0.98 76 62.5 

Poisson´s ratio - 0.21 - 0.26 

Average powder particle size (µm) 440 163 - - 

Average fiber diameter (µm) - - 17 13.7 
1
 Yield Strength 

 

 

Table 2. Properties of the raw-materials used to produce GF/PP tapes accordingly to manufacturers datasheets 

Property 
PP granules  

(Moplen RP348U
 ®

 from Basell) 

Type E Glass fiber roving 

(TufRov 4599
®
 from PPG) 

Linear density (Tex) - 2400 

Specific gravity (Mg/m3) 900 2540-2600
2
 

Tensile strength (MPa) 30
a
 1900-2400

2
 

Young Modulus (GPa) 1.1 69-76
b
 

Average fiber diameter (µm) - 17 
a
 Yield Strength 

b
 Typical properties 

 

 

 

Table 3. Twintex
®
 R PP 60 B 1870 FU from Owens Corning 

Property Values 

Linear density (Tex) 1870 

Tensile strength (MPa) 760 

Young Modulus (GPa) 29.5 

Fiber mass content (%) 60 
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Table 4. Overview of the main properties of the produced pre-consolidated tapes (PCTs)  

Property Description 

Fiber type  E-Glass, 2400 Tex 

Filament diameter 17 µm 

Fiber content  60 wt.%  

Matrix type Polypropylene (PP) 

Tape width  25 mm  

Tape linear density 16000 Tex 

 

 

Table 5. Influence of pultrusion conditions on the flexural properties of profiles made from towpregs 

Pultrusion conditions Flexural properties Fiber content 
Flexural properties / fiber 

volume fraction 

Pre-heating 

temperature 

(ºC) 

Pultrusion 

speed 

(m/min) 

Modulus 

(GPa) 
Strength 

(MPa) 

Mass 

(%) 
Volume 

(%) 

Relative 

modulus 

(GPa) 

Relative 

trength 

(MPa) 

170 0.2 29.1 ± 0.6 149.2 ± 14.4 76.1 52.2 55.7 ± 1.2 285.2 ± 27.6 

170 0.3 28.6 ± 1.2 142.3 ± 16.2 75.4 51.3 55.8± 2.3 255.0 ± 31.6 

180 0.2 29.5 ± 0.1 156.1 ± 5.1 76.5 52.8 55.9± 0.2 295.6 ±  9.7 

180 0.3 28.6± 0.9 157.7 ± 12.3 76.0 52.1 54.9± 1.7 302.7 ± 23.6 

 

 

Table 6. Results of the tests on the processed GF/PP composites 

Test 

Type 
Property 

Pultrusion Compression Molding 

Commingled 

fibers  
Towpregs Tapes 

Commingled 

fibers 
Towpregs Tapes 

Bending 

Flexure 

Modulus 

(GPa) 

Experimental 26.2±2.0 28.6±0.9 16.8±1.5 35.6±1.7 34.4±3.4 27.6±2.1 

Theoretical 23.8 33.1 19.1 24.5 32.4 19.9 

Flexure Modulus / Fiber 

volume fraction (GPa) 
70.6±5.4 54.9±1.7 56.0±5.0 92.9±4.4 67.3±6.5 90.2±6.9 

Flexure 

Strength  

(MPa) 

Experimental 595.0±24 158.0±12.3 329.0±30 666.5±53.9 184.0±19.1 456.0±32.1 

Theoretical 626.7 873.2 506.1 646.4 856.1 527.9 

Flexure Strength / Fiber 

volume fraction (MPa) 
1603.8±64.7 303.3±23.6 1096.7±100 1740.2±140.7 360.1±37.4 1490.2±104.9 

Tensile 

Tensile 

Modulus 

(GPa) 

Experimental 24.9±1.1 33.9±1.5 21.4±1.5 27.7±0.4 37.0±1.3 21.2±4.0 

Theoretical 23.8 33.1 19.1 24.5 32.4 19.9 

Tensile Modulus / Fiber 

volume fraction (GPa) 
67.1±3.0 63.5±2.9 71.3±5.0 71.3±1.0 72,4±2.5 69.3±13.1 

Tensile Strength (MPa) >416a >221 a >424 a -b - b - b 

Inter-

laminar 

Shear 

Interlaminar Shear Strength 

(MPa) 
- b 12.3±0.3 14.0±0.3 28.6±0.3 12.0±0.7 27.2±0.9 

Fiber volume fraction (%) 37.1 52.1 30.0 38.3 51.1 30.6 
a
 higher value achieved in the test. It was not possible breaking specimens 

b 
Property not determined  
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Figures 

 

 

 
a) towpregs b) Pre-consolidate tapes (PCTs) c) Commingled fibers 

Figure 1. GF/PP pre-impregnated products under studied 

 

 

 

 
Figure 2. Powder coating line setup. 

 

 

 

 
 

Figure 3. Prototype coating line equipment used to produce towpregs 
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Figure 4. Cross-head extrusion die 

 

 

 

 
Figure 5. Developed prototype pultrusion line 
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Figure 6. Schematic diagram of the pultrusion line. 
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a) polymer reflux at the entrance of b) polymer accumulation at the  c) fiber breakage 

pressurization/consolidation die  entrance of cooling die 

Figure 7. Major pultrusion problems 

 

 

 

 
Figure 8. Cross-section of profile pultruded from towpregs observe under optical microscope 
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Abstract 

An experimental investigation was conducted to 
understand the electro-mechanical response of 
graphene reinforced polystyrene composites under 
static and dynamic loading. Graphene-polystyrene 
composites were fabricated using a solution mixing 
approach followed by hot-pressing. Absolute 
resistance values were measured with a high-
resolution four-point probe method for both quasi-
static and dynamic loading. A modified split 
Hopkinson (Kolsky) pressure bar apparatus, capable 
of simultaneous mechanical and electrical 
characterization, was developed and implemented to 
investigate the dynamic electro-mechanical response 
of the composites. In addition to measuring the 
change in electrical resistance as well as the 
dynamic constitutive behavior, real-time damage 
was captured using high-speed photography. The 
real-time damage was correlated to both stress-strain 
and percent change in resistance profiles.  

1 Introduction  

Extraordinary mechanical properties combined with 
excellent transport properties make graphene a 
promising addition to the future of smart composite 
materials. When graphene platelets are effectively 
dispersed within a matrix material, an electrical 
network can be formed and serve as an internal 
sensor. Understanding the electrical response of 
graphene-reinforced nanocomposites under dynamic 
loading conditions will be particularly useful in 
designing sensors for applications such as structural 
health monitoring in aircrafts and smart body-armor 
response systems. A comprehensive series of 
experiments were conducted to experimentally 
investigate the electro-mechanical response of 

graphene-PS composites subjected to static as well 
as dynamic split Hopkinson pressure bar (SHPB) 
loading. A novel SHPB apparatus, capable of 
simultaneous mechanical and electrical 
characterization, was developed to effectively 
investigate the electro-mechanical response of the 
graphene reinforced PS composites. The history 
between the electrical resistance change, mechanical 
loading, and the high-speed deformation 
photography are correlated to characterize the 
electrical-mechanical response of the fabricated 
composites. 

2 Material and Specimen Geometry 

The graphene platelets used in this study were 
xGnPTM Nanoplatelets (XG Sciences). These unique 
nanoparticles consist of short stacks of one or more 
graphene sheets having a lateral dimension of ~25 
µm. The edges of these sheets are sites for 
functionalization, which may help facilitate bonding 
within the polymer matrix. The specific polymeric 
matrix chosen for this study was polystyrene (PS) 
(Crystal PS 1300). 5 vol.% graphene-PS composites 
were prepared by solution mixing followed by 
compression molding.  

Fig. 1 illustrates specimens prepared for 
both quasi-static and dynamic compression loading 
experiments. Specimens used in quasi-static 
experiments were 10 mm in length and had a 
diameter of 6.35 mm, where the loading was exerted 
in the longitudinal direction of the 10 mm length. 
Specimens used in dynamic experiments were 8.68 
mm in length and had a diameter of 15.87 mm. Two 
V-notch channels with a depth of 0.5 mm were 
machined in the middle section of both specimens. 
The channels were used to implement a modified 
four-point probe method in order to effectively 
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measure the change in electrical resistance of the 
specimen during loading. 

3 Experimental Setup 
 
3.1 Quasi-static Loading  
 
The quasi-static loading was implemented by a 
screw-driven testing machine. A modified four-point 
probe method was utilized to measure the resistance 
change during the compression tests [1-2]. The 
experimental setup used to capture the resistance 
change of the composites under quasi-static loading 
is shown in Fig. 2. A constant current source was 
used to supply a DC current flow through the 
specimen. The graphene-PS specimen was 
sandwiched between two aluminum plates to 
guarantee uniform current flow through the 
specimen during the compressive loading. Silver 
paint was applied to the top and bottom of each 
specimen to minimize the contact resistance between 
the specimen and the plates. Each loading head was 
insulated from the electrical measurement system. 
Two electrometers were used to measure the voltage 
at each of the two individual inner probe rings. The 
difference between the two voltage readings, which 
corresponds to the voltage drop across the two inner 
probes, was measured using a digital multimeter and 
recorded using a LabView system.   
 
3.2 Dynamic Loading  
 

A modified split Hopkinson (Kolsky) pressure 
bar apparatus, capable of simultaneous mechanical 
and electrical characterization, was developed and 
implemented to investigate the dynamic electro-
mechanical response of the graphene-PS composites.  
A typical SHPB consists of a striker bar, a solid 
incident bar and a solid transmission bar. The striker 
bar is propelled using an air-operated gun. A pulse 
shaper is commonly placed at the impact end of the 
incident bar with a thin layer of lubricant to improve 
force equilibrium conditions at the specimen-bar 
interfaces. The theoretical details of SHPB can be 
obtained from Kolsky [3]. The specimen is 
sandwiched between the incident bar and the 
transmission bar. A lubricant is applied between the 
specimen and the bar interfaces to minimize friction. 

Several modifications were made to the 
existing SHPB to simultaneously capture the 

electrical response as well as the mechanical 
behavior of the specimen during the dynamic 
loading. A sketch of the novel SHPB device is 
shown in Fig. 3. The incident and transmission bars 
were 19.05 mm in diameter and measured 1613 mm 
and 1220 mm in length respectively. A similar four-
point probe technique, as described in quasi-static 
experiments, was implemented. Lead wires were 
securely attached to each bar to provide a means of 
supplying a DC current flow through the specimen 
during loading. In order to obtain an accurate 
electrical response of the specimen, nylon bushings 
were fabricated and installed to isolate the incident 
and transmission bars from the supports. To 
minimize the contact resistance as well as the 
frictional forces present at the specimen-bar 
interfaces, a conductive lubricant (AI Technology 
Inc. ELGR8501) was applied to the specimen faces. 
Additionally, a pulse shaper consisting of a single 
layer of electrical tape and clay (~ 2 mm thick) were 
used to isolate the incident bar from the gas gun 
apparatus and to improve the force equilibrium 
conditions at the specimen-bar interfaces. A constant 
current source with high frequency response 
(Keithley Instruments Model 6221) was used to 
supply the constant DC current flow under the high 
rate deformation while the voltage drop between the 
two inner probes was measured by a differential 
amplifier (Tektonix ADA 400A) and recorded by a 
digital oscilloscope (Tektronix TDS 3014). 

 
4 Experimental Results and Discussion 
 
4.1 Quasi-Static Loading  
 
A typical electro-mechanical response of a 5 vol.% 
graphene-PS composite under quasi-static 
compressive loading is shown in Fig. 4. During the 
quasi-static compression, the stress of the specimen 
monotonically increases to 47 MPa at 5 % strain and 
then gradually decreases. Taking the initial 
resistance as a baseline, the percent change in 
electrical resistance increases proportionally with 
strain. Initially, no significant change in resistance is 
observed up until ~ 2 % strain. Due to the brittle 
nature of the PS matrix, small micro-cracks begin to 
form as the compressive strain increases resulting in 
a substantial increase in electrical resistance. Since 
the electrical resistance of the matrix material is very 
high, the graphene particles exclusively conduct the 
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electrical current within the material. When 
considering the negligible change in graphene 
particle geometry during the compressive event, the 
resistance change is caused by the interruptions of 
the electrical networks between the graphene 
particles. 
Scanning electron microscopy (SEM) was 
performed on the post-mortem specimens to observe 
this phenomenon. As shown in Fig. 5, it is evident 
that in certain regions, small agglomerates of the 
graphene sheets served as crack nucleation sites. A 
series of experiments were carried out and the 
change in resistance showed this similar behavior.  
 
4.2 Dynamic Loading  
 
A typical electrical response along with the 
mechanical behavior of both neat PS and graphene 
reinforced composites is shown in Fig. 6.  As the 
specimen undergoes dynamic compression, the 
electrical resistance increases proportional to the 
change in strain. As the stress of the specimen 
monotonically increases to 75 MPa at 5% strain, the 
bulk electrical resistance of the specimen increases ~ 
85% due to the formation of micro-cracks within the 
matrix. As the internal damage grows, the electrical 
resistance continues to increase as the electrical 
efficiency of the composite is further diminished. 
The resistance does not abruptly jump but gradually 
increases as damage initiates and propagates 
throughout the composite. We believe that this 
difference may come from the non-uniform 
dispersion of graphene inside the matrix and 
complex initiation and propagation of damages. 
A typical electrical response along with the real-time 
deformation images of a 5 vol.% graphene-PS 
composite subjected to dynamic loading are shown 
in Fig. 7. The time frames used in the loading event 
are chosen in a manner such that they can be 
correlated to the time at which certain deformation 
mechanisms were first observed. During the first 50 
µs, the specimen undergoes a slight uniform 
compression. Since the strain of the material is very 
minimal during this time, no noticeable change in 
electrical resistance is observed. At ~ 60 µs, a crack 
is seen to initiate and propagate through the 
specimen consequently causing an increase in 
resistance. From 60 to 100 µs, damage further 
propagates throughout the specimen leading to 
larger increases in electrical resistance. 

Fig. 8 shows the effect of 5 vol. % graphene on the 
static and dynamic behavior of polystyrene. Despite 
an increase in yield stress for dynamic loading in 
comparison to static loading, the presence of 
graphene within the polystyrene matrix significantly 
diminishes the mechanical properties of the 
composite material under both static and dynamic 
compression.   

Conclusions 

The present paper describes the electro-mechanical 
response of graphene reinforced polystyrene 
composites under quasi-static and dynamic 
compressive loading. Graphene-PS composites with 
low resistance were fabricated using a solution 
mixing approach followed by hot-pressing. A 
modified four-point probe method, using line and 
face contacts rather than point contacts, was 
implemented to accurately monitor the bulk 
electrical resistance of the composites. Moreover, a 
modified split Hopkinson (Kolsky) pressure bar 
apparatus, capable of simultaneous mechanical and 
electrical characterization, was developed and 
implemented to investigate the dynamic electro-
mechanical response of the composites. In addition 
to measuring the change in electrical resistance as 
well as the dynamic constitutive behavior, real-time 
damage was captured using high-speed photography. 
The real-time damage was correlated to both stress-
strain and percent change in resistance profiles. Due 
to a high concentration of graphene particles, small 
aggregations of the graphene were inevitably formed 
which resulted in inadequate load transfer between 
the graphene particles and the PS matrix. 
Consequently, a significant decrease in mechanical 
properties under both static and dynamic loading 
conditions with the presence of graphene was 
observed. The bulk electrical resistance of the 
composite increased significantly due to the brittle 
nature of the PS matrix as well as the presence of 
relative agglomerations of graphene platelets which 
resulted in micro-crack formations.   
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 Fig. 2. Experimental setup for measuring resistance change under quasi-

static conditions 
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Fig. 1. Specimen geometry used for (a) quasi-static 
loading and (b) dynamic loading 
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Fig. 3. Experimental setup of SHPB apparatus with dynamic electrical 
characterization setup 
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Fig. 5. SEM image of a cross-section of a post-
mortem specimen loaded to 7% eng. strain
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Fig. 6. Typical electro-mechanical response of 
5 vol% graphene-PS under dynamic loading 
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ELECTRICAL RESPONSE OF GRAPHENE REINFORCED   
COMPOSITES UNDER STATIC AND DYNAMIC LOADING 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 7. Percent change in electrical resistance of a 5 vol.% graphene-PS composite 
subjected to SHPB loading with real-time deformation images
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Fig. 8. Comparison of pristine PS vs. graphene-
PS under static and dynamic loading 
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Abstract 
A method for analysing load transfer in novel 
metal-composite joints is presented. Hybrid 
penetrative reinforcement (HYPER) uses small 
pins, protruding from the metallic part, to increase 
fracture toughness but manufacturing can cause 
fibre distortion and resin rich zones in the carbon-
fibre laminate (CFRP). Conventional finite element 
approaches for modelling CFRP are considered to 
be low fidelity as individual plies are homogenised 
and hence are not representative if fibres do not 
remain straight. A high fidelity finite element 
model of a micro-fastener within a CFRP unit cell 
is developed. It was found that, for a cross-ply 
laminate, [0/90]N, a low fidelity model would 
transmit the greatest load into the 0 degree plies. 
However, when accounting for the fibre distortion 
and resin rich zones, the load transmitted through 
the 90 degree plies was actually higher than that 
transferred by the 0 degree plies - which were 
almost 50% more compliant than predicted by the 
conventional model.  
 
 
Nomenclature 
L, H = Half-length/height of a unit cell  
h = Fibre path offset in y-axis 
R = Radius of fastener 
x, y, z = Cartesian position within unit cell 
xʹ, yʹ = Position on unrotated unit cell 
Vf = Local fibre volume fraction  
푉 ,푉 ,푉  = Nominal, mean, maximum vol. fraction 
α = Polar coordinate on unrotated unit cell 
θ = Local fibre orientation 
ϕ = Undistorted fibre angle of each ply 
 
 
 
 
 

1. Introduction 
Despite the increased use of carbon-fibre reinforced 
composites (CFRP) for aerospace and automotive 
structures, poor through-thickness strength and the 
low heat resistance of the resin matrix results in 
metals still being selected for a significant 
proportion of components. Conventionally, joining 
these materials is achieved with bolting or riveting 
but these techniques are fundamentally flawed as 
drilling through continuous fibres reduces their load 
carrying capability and creates stress 
concentrations. Several novel technologies are 
under development as potential alternatives to 
traditional mechanical fastening methods and, by 
exploiting the latest manufacturing processes, can 
hopefully improve the integration of metals and 
CFRP [1-6]. Analogous to Z-pinning or hybrid 
composite-composite joining methods, through-
thickness reinforcement with pins can improve 
fracture toughness of hybrid joints [1]. Arrays of 
pins can be built onto a metal component with a 
laser surface treatment [2] or additive manufacture 
(AM) [3-5] or pre-fabricated and attached by arc 
welding (CMT) [6]. 
 
Hybrid Penetrative Reinforcement (HYPER) is one 
such technology being developed by EADS 
Innovation Works [3]. Titanium pins can be built 
onto a stock component using AM which provides 
unrivalled capability for optimisation of the 
pin/array geometry compared to CMT. The pins are 
embedded into an uncured CFRP laminate using an 
ultrasonic horn and the assembly is then co-cured; 
Fig. 1 shows an assembled joint. The pins create a 
mechanical interlock whilst the epoxy resin matrix 
of the laminate provides adhesion. The authors have 
recently reported experimental investigations into 
the quasi-static and fatigue performance of HYPER 
joints as well as non-destructive inspection 
techniques that can be used to detect damage [4, 5].  
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It was shown that the pins delay the initiation of 
failure, retard the propagation of damage and 
provide a significant increase in the ultimate tensile 
strength (up to 650%) compared to an unpinned 
benchmark joint. 
 

 
Fig. 1. Section of baseline single-lap HYPER 
joint coupon showing pin array. Adherends are 
nominally 5mm thick. Not to scale. 

Although these results were promising, the coupon 
tests used a baseline pin/array design that is thought 
to be sub-optimal. As already stated, AM provides 
huge potential for optimisation of this joining 
technology (e.g. pin radii, height and spacing) but 
to date, little work has been conducted in this area. 
Tu et al. completed a preliminary optimisation 
study of COMELD joints [2], however, this was 
completed with a two dimensional (through 
thickness) model and hence did not account for any 
in-plane distortion. Prior to optimisation of the 
HYPER geometry, a new higher fidelity finite 
element (FE) modelling approach is required in 
order to more accurately account for the interaction 
of the pins and the CFRP laminate. This interaction 
is critical to the load transfer within these joints and 
to ensure accurate simulation of both the failure 
mode(s) and strength. Existing FE models for 
HYPER have been constructed with individual plies 
represented by homogenised layers [7]. This is 
overly simplistic and inaccurate because during 
manufacture, embedding of the pins can result in 
fibre distortion (waviness) and resin rich zones 
around the pins - see Fig. 2.  
 

 
Fig. 2. X-ray tomography showing a plan view 
section of four pins and resin rich zones (black).  

The objective of this work was to develop a high 
fidelity FE model and investigate pin-fibre 
interaction. This work forms a preliminary stage in 
the development of new multi-scale capability for 
HYPER joints. It is believed that a multi-scale FE 
approach will have adequate fidelity to yield 
accurate results yet retain computational efficiency 
so that optimisation of key design parameters can 
be conducted.  
 
2. Background 
A review of the literature revealed that a 
comparable approach had been utilised by Gunnion 
et al. [8] to characterise Z-pinned CFRP laminates. 
Similarly to HYPER joint manufacture, embedding 
Z-pins creates in-plane waviness and resin rich 
zones in reinforced areas. Unfortunately, due to the 
shape of these regions, when multiple plies are 
stacked together, a very fine mesh is required in 
order to avoid any discontinuities. To avoid any 
discontinuities, Gunnion et al. used voxels (three 
dimensional pixels) to model a Z-pinned 
representative volume element (RVE). By using a 
mesh of regularly structured, quadrahedral 
elements, multiple plies could be stacked together 
and mesh discontinuities avoided even with a large 
element size. Geometric and numerical accuracy 
was still largely dependent on the refinement of the 
mesh but it was shown that acceptable 
homogenisation of the RVE could be achieved with 
large computational savings. This method was 
suitable for this homogenisation task as the pins 
were small compared to the unit cell. Loads 
transmitted through the pin were neglected and 
boundary conditions were applied to the external 
edges of the RVE. This voxel approach could not 
be used for HYPER as the pin aspect ratio and 
material results in them being stiffer than Z-pins 
and transferring a significant proportion of applied 
loads. Examples of pin and array geometry are 
listed in Table 1. 

 Type Diameter 
(mm) 

Penetration 
in CFRP 

Density 
by Area 

Z-Pins 0.3 - 0.5 100 % 1 - 6 % 
HYPER 0.9 – 1.8 72 % 4 - 13 % 
COMELD 0.8 50 % ~ 45 % 
Table 1. Comparative geometry of three 
penetrative joining technologies. 

F F 
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Upscaling in the same way as Gunnion et al. would 
not accurately model any bearing load transferred 
through the HYPER pin to the surrounding 
material. The bearing load induced on the CFRP by 
a cylindrical pin/fastener should be maximal at the 
centre of the contact face and decrease to zero at the 
edges due to the reduction in contact angle. In 
Gunnion’s model, because the mesh is formed of 
regularly spaced quadrahedral elements, for loads in 
the primary axes (x or y), the pin elements always 
contact the surrounding material perpendicularly. 
As a result, the load would be uniformly distributed 
across the diameter of the pin and the induced stress 
at the edges of the pin artificially high. Therefore, it 
is essential to model the pin/hole with greater 
geometric accuracy.  
 
3. Overview of Modelling 
The goal of the work presented in this paper is to 
determine whether a low fidelity approach 
(homogenisation of individual plies) should be used 
for modelling of HYPER joints or if a more 
accurate representation of the pin-fibre interaction 
is required. Hence, it is not necessary to model at 
coupon level at this stage and a new unit cell model 
is proposed. Although baseline coupon designs 
typically use a 6x6 array of pins, for the purposes of 
this study it is assumed that only a single row of 
pins exist in the loading direction. This 
configuration is more severe for the laminate as the 
entire load is transmitted through bearing and stress 
concentrations at the edges of the fastener are 
higher. Additional unit cells would have to be 
modelled in series to account for the load bypass 
around the pin. 
 
It is also assumed that longitudinal loads are 
predominantly transferred below the pin head thus, 
only the lower section of the pin is modelled; see 
Fig. 3a-b. Although HYPER pins have a complex 
tapered profile, it is assumed that they are 
cylindrical and that there is no variation in diameter 
through the thickness of the laminate. For 
simplicity, the non-linear geometric (rotational) 
effects of a single-lap joint are ignored. The 
metallic adherend is not modelled and it is assumed 
that the pin receives an in-plane load; Fig. 3c. The 
inclusion of coupled, multi-axis loads/moments is 
beyond the scope of the paper. 
 

Figure 3d shows a plan view of the unit cell. 
Although only a single row of pins is modelled in 
the loading direction, periodic boundaries are 
enforced to maintain continuity with adjacent cells 
across width of the coupon. The pin diameter was 
chosen to be one-third of the width of the unit cell 
(R/H = 0.333). This ratio is known to be an optimal 
compromise between bearing and net-section stress 
for a wide range of layups [9]. This ratio is 
comparable to the baseline HYPER joint design. 
 

 

 
 
Fig. 3. a) Partial section of single-lap HYPER 
joint coupon showing pins. b) Only a single row 
of pins was included and the shaft is modelled 
without the head. c) In-plane loading is applied 
to pin. d) Plan view of unit cell showing 
boundary conditions (transverse displacement 
constrained). 
  

F

F

a) 
 
 
 

 
 
 
 
b) 
 
 
c) 
 
 
 
 
 
d) 
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The pin-fibre interaction was assessed based on the 
in-plane load distribution and compliance of two 
individual ply orientations: firstly, fibres aligned 
with the load direction (0 degrees) and secondly, 
fibres perpendicular to the load (90 degrees). These 
test cases were chosen as they should have the 
greatest and least membrane stiffness respectively 
(in the loading direction). These tests could be 
considered artificial as, typically, a laminate would 
not be constructed with these plies in isolation. 
However, these simulations emphasise the 
comparative differences between orthogonal fibre 
orientations. The model is conservative as peak 
stresses would actually be lower (if using a quasi-
isotropic layup) due to compatibility between plies 
of different orientations through-thickness. A three-
dimensional analysis is beyond the scope of the 
paper and will form part of the future work. As 
through thickness effects were neglected, the unit 
cell was modelled in 2D and plane strain elements 
were used. Analyses of mesh sensitivity and 
element selection are presented in the Results. Both 
test cases were also modelled using a conventional 
low fidelity “straight fibre” (SF) model as a 
benchmark - see Table 2 and Fig. 4. All 
models/tests were constructed and solved with the 
commercial FE package ABAQUS [10]. 

 Fibre Distortion & 
Resin Rich Zones 

Variation 
in Vf 

Model SF 
  Benchmark 
  Low Fidelity 

No 
(Straight fibres) 

No 
 

Model DF 
  New Approach 
  High Fidelity 

Yes Yes 

Table 2. Details of model configurations. 

   
Fig. 4. Examples of straight and distorted fibres 
in the two models, SF and DF respectively. Resin 
shown black, ϕ = 0. 

3.1 Calculation of Fibre Distortion 
It was assumed that in-plane fibre waviness could 
be represented with the sinusoidal function: 

푦 = 푅	 1 −
ℎ
퐻

cos
휋	푥
2퐿

+ ℎ (1) 

where R is a given pin radius and h is an offset that 
also governs the decay of the amplitude. It is also 
assumed that the fibre distortion has fully 
minimised at x = ±L and y = ±H, the full height and 
width of the unit cell although a more rapid decay 
in either axis could easily be implemented. The 
local fibre angle, θ can be found at any cell position 
(x,y) by rearranging Eqn. 1, solving for h and then 
substituting this value into the differential of Eqn. 
1. This formulation is only valid for h ≥ 0. Between 
this limit and y = 0, θ is not calculated as the 
element is assumed to be 100% resin if it is not 
within the radius of the pin. These are the grey 
regions in Fig. 5. Below the centreline of the cell, a 
symmetry condition was applied (y = -y) so that θ 
could be determined in an identical manner to the 
upper half of the cell. This formulation is not mesh 
dependent and could be completed for any mesh as 
long as the nodal positions can be extracted - the 
local fibre angle can then be calculated at that the 
centroid of each element. 
 
3.2 System Transformation 
For non-zero ply angles (ϕ ≠ 0), a polar 
transformation was used to rotate the system ±90º. 
If 푦 ≥ 푥 tan휙, the polar position on an unrotated 
system was found by: 

훼 = 	
tan

푦
푥

− 휙		 , 푥 ≥ 0

tan
푦
푥

− 휙 + 90, 푥 < 0
 (2) 

The polar coordinates on the unrotated system are 
then reverted back to a Cartesian position (x, y) and 
θ calculated as previously described. On the 
original (rotated) system, the true local fibre angle 
is found with the addition of ϕ, as shown in Fig. 6. 
If the unrotated local position 푦 < 푥 tan휙,  
i.e. yʹ < 0, a symmetry condition can again be used 
to calculate the fibre orientation but, for this case, 
two conditions must be applied; y = -y and x = -x. 
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Fig. 5 Diagram of RVE showing a single, 
unrotated ply (ϕ = 0) with two arbitrary fibre 
paths. Resin rich zones shown in grey. 

 

 
Fig. 6. Decay length/height remain constant 
regardless of ply angle (ϕ) thus, in shaded 
regions, there is no fibre distortion (θ = ϕ). 
 
3.3 Change in Fibre Volume Fraction 
Unlike Gunnion et al. [8], a micro-scale materials 
model was also incorporated to account for the 
local changes in fibre volume fraction and the 
resultant modification to mechanical properties due 
to fibre distortion. This was included due to the 
density of the pins (and hence distortion) being 
greater than a Z-pinned joint; see Table 1. The 
analytical fibre-resin model of Luciano and Barbero 
was used [11]. It is assumed that the volume of 
fibre in a strip of Δx is maintained when distortion 
is induced (see Fig. 7) and thus, the mean volume 
fraction, 푉  in the new “compressed” strip was 
given by Eqn. 3. 

푉 (푥) =
푉

1 − ∆  (3) 

∆푦 = 푅	cos
휋푥
2퐿

 (4) 

푉 (푥, 푦) = 퐴(퐻 − 푦) + 	 푉  (5) 

퐴 = 	
2 푉 − 푉
퐻 − ∆푦	

 (6) 

The fibre waviness minimises by y = H (Eqn. 1) so 
the local fibre volume fraction, 푉 	would also have 
returned to the nominal value, 푉 	 at this limit. 
Furthermore, it is assumed that there is a linear 
variation in 푉  between the nominal and maximum 
values, as given by Eqn. 5 and shown in Fig. 7. It 
should be noted it is possible for Eqn. 3 to yield 
푉 	> 1.0 which indicates that the ply would have to 
change thickness to maintain compatibility. 

 
Fig. 7. Plan view of half a unit cell with a linear 
distribution of local fibre volume fraction 
assumed with respect to y-axis positon.  
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However, to simplify the geometry of the model, it 
was desirable for the thickness of all plies to remain 
constant. In addition, Luciano and Barbero’s model 
[11] assumes that the fibres are square packed and it 
can be shown that 푉 	= 78.5% for this configuration 
– thus, an upper bound was set at 푉 	= 78.5%. Both 
fibres and resin are modelled as isotropic linearly 
elastic materials [12] and no failure criterion is 
applied – this will be considered in the future work 
programme. 

 
Fig. 8. Plot of volume fraction variation within a 
unit cell - including regions that exceed the 
volume fraction upper bound (ϕ = 0). 

 
Fig. 9. Percentage of elements that exceed the 
volume fraction upper bound for a range of pin 
radii.  

Figure 8 shows the regions of a unit cell exceeding 
the volume fraction upper bound (R/H = 0.333,  
ϕ = 0). For a pin diameter for one-third the unit 
cell, 11.3% of elements assigned a revised volume 
fraction exceed the upper bound of 78.5%. This 
value would vary depending on the pin radius and 
ply orientation – Fig. 9 shows a comparison.  
 
3.4 Integration of Pre-Processing 
Automated pre-processing within ABAQUS can be 
realised in a number of ways. It is possible to write 
an input file directly using a text editor. This 
process can therefore be automated in most 
programming languages with basic input/output 
commands. This approach would totally bypass the 
“CAE” graphical user interface (GUI) and would be 
extremely efficient for geometrically simplistic 
models (e.g. if nodal positions and element 
connectivity can be easily formulated).  
 

 
Fig. 10. Information transfer within ABAQUS. 
 
For this model, due to the more complex geometry, 
it was essential to take advantage of the software’s 
advanced CAD and meshing capabilities. This was 
achieved with the Python Development 
Environment. Upon submitting a model to the 
solver, the input file still needs to be written so this 
approach incurs an additional step for each 
perturbation of the model; see Fig. 10. To avoid 
compromising the speed of the pre-processor with 
unnecessary visualisations in the GUI, Python 
scripts were run using the DOS command line 
interface. 
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4. Results and Discussion 

4.1 Mesh Refinement 
The mesh density would determine the geometric 
accuracy with which the resin zone would be 
modelled – Fig. 11 shows two examples. Hence, a 
mesh sensitivity study was completed for Model 
DF before stress distributions and ply compliance 
was evaluated. This study determined the 
number/size of elements that would be used for 
each of the two test cases to ensure an efficient 
compromise between computational speed and 
accuracy.  

  
Fig. 11. Coarse and fine meshes, element size 
2.5% and 1.0% of unit cell respectively. Resin 
zones are shown in black (ϕ = 0).  
Five in-plane mesh refinements were made and 
element seed size was set as a percentage of the unit 
cell width (2.5%-0.5%). Varying the mesh density 
resulted in a change to the stiffness of the model so 
in order to compare stress distributions a constant 
axial stress was applied. This was arbitrarily chosen 
as 100MPa for the 0 degree ply and 50MPa for the 
90 degree ply. The Laminate Analysis Programme 
[13] was used to ensure these loads were well 
within the nominal strength of the plies so that 
simulations would not induce failure and a linear 
analysis would remain accurate.  

Element Size 
(%) 

Total 
Elements 

Solution 
Time 

2.50 1416 0:00:49 
1.25 5704 0:07:04 
1.00 8978 0:13:28 
0.75 15597 0:38:53 
0.50 35352 3:06:20 

Table 3. Comparison of computation times for 
five mesh densities using CPE4R elements. Sizes 
are a percentage of unit cell width. Solution 
times are shown in hours, minutes and seconds. 

The model was run on an Intel-i7 (2.80GHz) 
desktop computer with 8Gb of RAM - computation 
times are shown in Table 3. It can be seen that the 
time required to solve the model increases 
exponentially as the element size is reduced. It was 
found that the solution time is dominated by the 
time required to process the input file and thus 
refinements will be made to the pre-processor in the 
future work programme. 
 
Comparison was made of the peak net-section 
stresses (σX along the line x = 0) to select an 
appropriate mesh density. Variation in peak stress 
was found to reduce with increased mesh density. 
With an element size of 0.75%, there was a 
difference of only 3.5% in peak stress compared to 
a mesh size of 0.5% yet the computation time was 
reduced by 79.9%. Therefore, it was decided that a 
mesh size of 0.75% provided a good compromise 
between speed and accuracy and was used for all 
subsequent analyses. In addition, it was found that 
there was good correlation between linear and 
quadratic (reduce integration) plane strain elements; 
CPE4R and CPE8R respectively. As a result, linear 
elements were used as they offered a comparative 
reduction in computation time. 
 
4.2 Comparison of Models 
The objective was to investigate the location and 
magnitude of the peak stresses in both the high and 
low fidelity models. The displacement of the pin 
was also used to calculate and evaluate an 
equivalent ply stiffness for each model. 
 
4.2.1 Stress Distributions 
Figures 12-14 compare stress contours of Models 
SF and DF for each of the two test cases. The 
scaling varies between each figure but is identical 
for each pair of sub-plots so the two models could 
be directly compared. In both test cases, the low 
fidelity model (SF) generated peak stresses that 
were overly high and incorrectly located compared 
to the high fidelity model (DF). As a result, a 
conventional modelling approach is overly 
conservative and the model would predict early 
failure of the laminate if a failure criterion were 
used.  
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Fig. 12. Axial stress (σX) for the 0 degree ply. Peak tensile stresses in Model SF are located at the top and 
bottom of the pin. The maxima in Model DF are located in identical positions but are 67% lower in 
magnitude. The influence of fibre orientation on the load path can also be seen.  
 

   
Fig. 13. Transverse tensile stress (σY) for the 0 degree ply, compressive stresses excluded for clarity (black 
regions). Model SF shows two regions of artificially high stress to the right of pin. High stress at tip of 
resin zone (DF) was due to fibres being forced apart by the “wedge” of resin. 
 

   
Fig. 14. Axial stress (σX) for the 90 degree ply. Model SF again exhibits artificially high stresses. The 
maxima in Model DF can be seen at the tips the resin zone. The compression zone is also narrower due to 
the finite contact region between pin and fibres. 
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4.2.2 Assessment of Laminate Compliance 
The displacement of the pin (in x) was also 
recorded for each of the models and test cases so 
that an equivalent stiffness (KX) could be calculated. 
Table 4 shows these stiffnesses, normalised with 
respect to the 0 degree ply (Model SF). It can be 
seen that accurately modelling the fibre distortion in 
a 0 degree ply reduces the stiffness by almost a half. 
Conversely, the high fidelity model of a 90 degree 
ply showed a 3.6% increase in stiffness compared 
to Model SF. More significantly, Model DF was 
actually slightly stiffer when the fibres were aligned 
perpendicularly to the load rather than parallel to it. 
It is thought that this was because the pin 
transferred load directly to the fibres rather than 
compressing into the soft resin rich zone.  
 

Ply Angle ϕ  
(Degrees) 

Model SF 
Low Fidelity 

Model DF 
High Fidelity 

0 1.000 0.516 
90 0.506 0.524 

Table 4. Comparison of normalised equivalent 
stiffnesses for the two models and test cases. 
 
Therefore, in a HYPER joint with a laminate with a 
high percentage of 0 and 90 degree plies ([0/90] 
dominant), it would be the 90 degree plies that 
transmit the highest loads between pin and 
laminate, not the 0 degree plies. The HYPER joint 
would also be considerably more compliant in a 
physical test than would be predicted using a low 
fidelity FE model. 
 
5. Conclusions and Future Work 
Conventional finite element modelling approaches 
homogenise CFRP plies and, as a result, do not 
have adequate geometric accuracy to model the in-
plane fibre waviness that can be seen in HYPER 
joints. A high fidelity FE model of a unit cell was 
developed and successfully used to investigate two 
modelling strategies. It was found that, for a [0/90] 
dominant laminate, a homogenised model would 
transmit the greatest load through the 0 degree 
plies. However, when accounting for the fibre 
distortion and resin rich zones, the load transmitted 
through the 90 degree plies would be slightly higher 
than that carried by the 0 degree plies.  

Therefore, if a laminate has a high percentage of 
[0/90] plies, a low fidelity model would not yield 
accurate results and the peak stresses would be 
artificially high (up to 67%). Failure would initiate 
prematurely and in the wrong locations within the 
laminate. The true stress concentrations would not 
be accounted for when using a low fidelity model.  
 
Work is ongoing to refine the pre-processor to 
increase computational efficiency. Work will also 
focus on three dimensional high fidelity models so 
that inter-ply coupling and other stacking sequences 
(such as ±45 degree plies) could be investigated. In 
addition, failure criterion will also be introduced. 
The ultimate goal is to upscale these high fidelity 
unit cell models to a macro-level (whole coupon) 
model and develop an efficient multi-scale 
optimisation tool for HYPER joints. 
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1 Introduction 
Compressive failure of engineering fibre composites 
is generally governed by plastic microbuckling, 
initiated at waviness defects [1]. Existing models of 
initiation have tended to consider idealised defects 
while recent work has shown that waviness can be 
randomly distributed, characterized by both the 
amplitude of the misalignment and the typical size 
of features [2]. Liu et al [3] have modelled a random 
distribution of waviness, in particular investigating 
the effect of fibre bending stiffness on the strength 
and critical defect characteristics. However, for the 
millimetre-scale defects sizes relevant to realistic 
waviness [2], fibre bending does not play a major 
role. A rebar modelling approach, which does not 
include fibre bending, was found to give an accurate 
prediction of the initiation event and peak load, even 
though it is not able to model the geometry of the 
ensuing microbuckle [4]. 

The effect of the reduced constraint at a free edge 
has been predicted to reduce the compressive 
strength at a critical (idealised) waviness feature [4-
6] but it is not clear what effect edges would have 
with random waviness, where the critical feature 
may not be near the edge. Similar issues arise when 
considering size effects, which may lead to a 
decreased strength with increasing specimen 
size [7]. How would the increase in both the edge 
length and the volume of the specimen affect the 
strength as the specimen size increases? A finite 
element (FE) analysis is used in this paper to explore 
these issues, using a stochastic model of the 
waviness distribution to capture the statistics of 
compressive strength. Results with an idealised 
model of waviness are first presented to help 
interpret these results. 

2 Finite element methodology 
A two-dimensional (2D) Abaqus implicit FE 
model [8] is developed, following the general 
approach of [4], but with the implementation details 
significantly modified to improve the efficiency and 
accuracy. 

 

2.1 Fibre orientation 

2.1.1 Idealised waviness  
This section follows closely the work described in 
[4], but uses a new more accurate FE methodology 
and an extended range of geometries. Three 
idealised waviness defect shapes within a square 
specimen of side length L are used to explore the 
effect of patch size and position: (i) square with a 
side length λ, (ii) rectangular with length (in the 
fibre direction) λ = 0.1L and width ω (transverse to 
the fibres) either equal to 0.3L or L (in the later case 
the waviness misalignment angle falls to zero at the 
edges) and (iii) an 'infinite band' of misalignment of 
length λ = 0.1L which does not vary in fibre 
orientation across the width. The square defect and 
rectangular defect spanning the full width of the 
specimen are illustrated in Fig. 1. The peak fibre 
misalignment angle is  φm and the distribution of 
waviness φ within the patch has a sinusoidal 
variation, following [4], 

 
( ) ⎟
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⎞
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⎛
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π
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πφφ yx

yx m coscos,  (1) 

where x and y are co-ordinates in the fibre and 
transverse direction, respectively, with origin at the 
centre of the waviness patch. The same variation of 
waviness in the fibre direction is used with the 
infinite band model. 

In the above cases the defect is located at the middle 
of the specimen. Calculations are also done with a 
square patch with side length λ = 0.1L, with the 
centre of the patch midway between the two loaded 
edges but offset towards one of the free edges by a 
distance y'. For all these idealised geometries the 
rebar orientation defining the fibre direction is 
implemented using an 'orient' subroutine, defining 
the orientation of rebar elements in the model. 

2.1.2 Random waviness 
A random distribution of fibre misalignment with a 
given average feature length λ and standard 
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deviation in orientation φm is generated by applying 
smoothing to a finer random grid of waviness 
distributions. The waviness distribution is faded out 
at the loading ends to avoid end effects. A typical 
variation of waviness is given in Fig. 2. At least 40 
realisations are used to capture the random nature of 
the waviness.  

As well as the case illustrated in Fig. 2, where 
waviness defects persist to the free edges, an 
alternative arrangement was used with the waviness 
defect amplitude faded to zero towards the free 
edges (in a similar way as for the loaded edges), 
over a region at the edges of width equal to either 
0.25λ or λ. This aims to capture the case where 
tooling or adjacent plies prevent formation of severe 
waviness defects right at the free edge of the 
specimen. For these random waviness orientations, 
the orientation of each rebar element was directly 
specified, using a Matlab routine to generate an 
appropriate Abaqus input data file. 

2.2 Material model 
For both idealised and random waviness models the 
material model is representative of a unidirectional 
CFRP laminate, following the approach in [4]. A 
layer of solid elements is used to capture the shear 
response, with von Mises perfectly-plastic behaviour 
giving a composite shear yield stress τy. The effect 
of unidirectional fibre reinforcement is included 
using elastic rebar elements contained within a 
membrane whose nodes are attached to 
corresponding nodes of the solid elements. Material 
properties for both components and for the resulting 
composite are detailed in Table 1, replicating 
properties in [4]. The shear modulus G of the 
resulting composite is 4.3 GPa. 

2.3 Element and mesh details 
For the idealised model, three-dimensional reduced 
integration elements (C3D8R) are used for the solid 
layer representing the shear response. The problem 
is rendered 2D by matching in-plane nodal 
displacements on opposing faces of the model. Out-
of-plane constraints are imposed to give a 
generalised plane strain condition, with the opposing 
planes remaining flat and parallel, but with uniform 
out-of-plane strain allowed. The effect of relaxing 
this constraint to give plane-stress conditions was 
explored, and found to give a reduction of 5% in the 
failure load, for the idealised geometry with a central 
square defect with φm = 5° and side length λ = 0.1L.  

For the random waviness model, 2D plane strain 
elements (CPE4) are used for the solid layer 
representing the shear response.  

For both the idealised and random waviness models 
rebar reinforcement is contained within a dummy 
membrane layer (element type M3D4R) whose 
nodes are attached to corresponding nodes on the 
solid layer. This membrane has a stiffness much less 
than the solid or rebar components. 

The idealised geometry has a graded mesh, with 
smaller elements covering the waviness defect. A 
typical mesh for the case of λ = 0.1L is illustrated in 
Fig. 3. A region of 3λ × 3λ containing a square 
defect of size λ × λ has a fine mesh whilst the mesh 
is graded outside this critical region.  

A mesh refinement study was undertaken for both 
the idealised and random geometries to establish the 
required mesh density. The results for the square 
idealised geometry are shown in Fig. 4, for the 
typical case of φm = 3° and λ = 0.1L. The failure 
load, normalised by the shear yield strength of the 
composite, is plotted as a function of the ratio of the 
element length Δ in the fine mesh region around the 
defect to the defect length λ. In these calculations 
the mesh size in the graded region is scaled with the 
mesh size in the central region. There is some 
sensitivity to element size but, for the chosen mesh 
density with Δ/λ = 0.04, the error associated with the 
finite mesh size is less than 1%, estimating the ‘true’ 
value by extrapolating results to zero Δ. For different 
geometries the mesh density in the critical region 
containing the defect was maintained at the chosen 
value of Δ/λ = 0.04.  

The random waviness model has a uniform mesh 
size throughout the model. A similar mesh 
sensitivity study was undertaken for this model and 
an appropriate mesh density was selected with the 
square element length equal to the smaller of λ/20 
and L/200, see [9] for details.  

2.4 Loading and failure response 
Displacement loading is applied to the ends of the 
specimen. Under these conditions microbuckling 
failure is an unstable phenomenon. Figure 5 shows 
the collapse response for a typical idealised 
geometry, plotting the maximum shear strain in the 
composite (at the critical element which is in the 
centre of the waviness patch) as a function of mean 
applied stress. Figure 5 shows that the FE analysis 
for the standard model terminates when the rate of 
change of remote applied stress with the change in 
peak element strain tends to zero, confirming that a 
peak load has been reached.  

Figure 5 includes insets showing the distribution of 
the shear strain around the waviness defect at a load 
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well before failure and at maximum load. The spatial 
scale is the same for these two insets, but the contour 
scaling has been varied to suit the maximum shear 
strain. The contour plots show how the shear strains 
localise to a single line of elements in the centre of 
the waviness defect.  

Figure 5 shows that the behaviour up to maximum 
load is controlled by the response of a patch of 
waviness around the ensuing localisation, so that the 
maximum load is not dependent on the mesh size, as 
long as the critical defect is modelled with a 
sufficiently fine mesh.  

The collapse response after peak load with the 
standard model is not modelled since the 
deformation collapses to a single line of elements. In 
other studies where fibre bending tends to stabilise 
the localisation event, the post-collapse response has 
been determined using a curve tracking (Riks) 
algorithm [e.g. 3], showing that once localisation has 
initiated failure is unstable. A model using the same 
conditions as plotted in Fig. 5, but taking just the 
inner 3λ × 3λ region, was modified to investigate 
this effect. Linear beam elements were included 
within the model to give a small bending resistance 
but negligible change in other elastic properties. The 
collapse response for this model with bending 
resistance is included on Fig. 5. The bending 
resistance stabilises the localisation (with use of a 
Riks algorithm), giving a peak in the load and 
subsequent growth of the ensuing microbuckle. The 
response up to peak load is similar to that of the 
standard model, with slight differences associated 
with the reduction in size of the model with bending 
and the inclusion of the bending resistance itself.  

The failure location is determined for the random 
waviness model by identifying the element with the 
largest shear strain at the maximum load, which 
invariably corresponded to an element where the rate 
of change of remote stress with shear strain tended 
to zero. 

2.5 Effect of off-axis plies 
The above approach is modified to consider the 
effect of the constraint of adjacent off-axis plies on 
failure in a central unidirectional ply. The geometry 
is illustrated in Fig. 6. The central square gauge 
section of side-length L contains random waviness, 
with the material properties detailed in section 2.2. 
Adjacent plies, of width L, have the stiffness and 
strength properties reduced from the values in 
Table 1 by a knock-down factor.  
 

 

3 Results  

3.1 Idealised waviness  
Figure 7 shows the effect of the size and shape of the 
idealised patch on the strength, normalised by the 
composite shear yield strength. The strength depends 
on fibre misalignment angle as expected [1]. For a 
central idealised square patch of waviness the 
strength is insensitive to the ratio λ/L of the side-
length of the waviness patch to the specimen width 
for λ/L < 0.1. This result mirrors the insensitivity to 
free edge effects, for sufficiently large specimens 
compared with the defect size, both of the stress 
concentration at a circular hole and of the stress 
intensity factor at a central crack [10].  

The "infinite band" calculation is in excellent 
agreement at larger misalignment angles with the 
Budiansky kink band prediction [11], but gives a 
lower strength at smaller peak misalignment angles. 
Here the axial stress in the matrix contributes 
significantly to the von Mises stress, an effect not 
considered in the Budiansky analysis.  

The results of Fig. 7 differ from those in [4], Fig. 11. 
It appears that inaccuracies associated with an 
insufficiently fine mesh have been introduced for the 
smallest features used in [4], Fig. 11, giving rise to a 
significant over-prediction of the strength and 
leading to the erroneous conclusion that strength 
increases significantly for very small features. 
Additional calculations with the long thin features 
modelled in [4] have confirmed this conclusion in a 
further direct comparison. 

Moving the position y' of the centre of the waviness 
defect towards the free edge results in a significant 
drop in strength, see Fig. 8, in which strengths are 
normalised by the strength with a central defect. As 
the centre of the patch nears the free edge (y'/L = 0) 
part of the defect ‘falls off the edge’, reducing the 
defect size and giving the slight rise in strength 
observed at the very edge. These results agree with 
predictions in [4]. 

3.2 Random waviness 
Figure 9 shows the distribution of failure locations 
across the width of the specimen, for a ratio λ/L of 
the defect size to the specimen width equal to 0.1, 
taking the results of 80 realisations with φm = 1.5°. 
Failures are concentrated near the free edges for the 
case with defects persisting to the edge, Fig. 9(a). 
This is expected given the reduction in strength seen 
for the idealised waviness with defects near the free 
edge, see Fig. 8. Nevertheless, in a significant 
proportion of cases failure occurs away from the 
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edges. The random distribution of waviness means 
that sometimes a more severe feature away from the 
edges is more critical then milder features near the 
edge. Where defects are eliminated from the free 
edge, failure occurs uniformly across the centre of 
the specimen, see Fig. 9(b). 

Figure 10 shows the effect of the ratio L/λ of the 
specimen width to the defect size on the ratio σc/τy 
of the compressive strength to the composite shear 
yield stress. Results are a mean of 40 realisations. 
The large number of realisations used ensures that 
the error in the mean, estimated from the standard 
deviation of strengths, is roughly equal to the size of 
the markers in the figure. Eliminating defects at the 
free edges significantly increases the predicted 
strength, both with only a relatively narrow defect-
free strip of width 0.25λ and a wider strip of width λ. 
Note that predictions are not included for the 
smallest value of L/λ with waviness eliminated over 
the edge region of width λ, as most of the sample 
would be affected in that case.  

There is a significant decrease in the predicted 
strength with increasing size. This is because the 
chance of including larger defects in the model 
increases with increasing size. Where defects are 
precluded at the edges, so that the body of the 
specimen contains the critical defect, this decrease in 
strength with increasing size is more severe. This 
difference is because the area of regions near the 
edges scales with the length L while the total area 
scales with L2.  

3.3 Effect of adjacent plies 
Figure 11 shows the effect of the edge constraint of 
an adjacent ply on the failure strain. Values plotted 
are the mean of 20 values. Because the same set of 
waviness realisations was used for each point 
plotted, a smaller number of calculations is 
sufficient to identify the differences in strength 
reliably. Results with no adjacent ply (i.e. only a free 
edge) are included, identified by a knock-down 
factor on material properties of zero, while the other 
limit with material properties in the adjacent plies 
equal to that of the central ply (although without any 
waviness in the outside plies) corresponds to a 
knockdown factor on properties of one. Two lines 
are given, where the knockdown factor is applied to 
both stiffness and strength, and where only the 
stiffness is adjusted. This later case could be 
considered more relevant to off-axis plies, since ply 
shear failure is relatively unaffected by the fibre 
orientation, while the axial stiffness is considerably 
changed. There is a significant increase in failure 

strain associated with the constraint of the adjacent 
ply, with the effect varying smoothly between the 
two extreme constraint conditions. There is minimal 
difference between the cases where only elastic or 
both elastic and plastic properties are changed. A 
knockdown factor of 0.25, corresponding loosely to 
adjacent ±45° plies, gives an increase in failure 
strain of 12% compared with the free edge 
condition, while being 14% lower than the case of 
an adjacent 0° ply. 

4 Summary 
The effect of edges on compressive failure of fibre 
composites has been explored using finite element 
analysis. For an idealised geometry with a square or 
rectangular waviness defect, the usual reduction of 
strength with increasing fibre misalignment has been 
observed. For sufficiently small defects, with the 
ratio λ/L of defect size to specimen size less than 0.1, 
the strength is insensitive to the defect size. The 
strength drops significantly for defects close to the 
free edge.  

Results for specimens with a random distribution of 
waviness predict a concentration of failures at the 
edge of the specimen, reflecting the observed 
reduction in strength for idealised waviness near the 
edge. The predicted mean strength falls with an 
increasing ratio L/λ of specimen size to defect size. 
Where waviness is excluded from near the free 
edges, a situation which might arise due to 
manufacturing effects, failure is uniformly 
distributed through the specimen and the strength of 
the composite significantly increases.  

The effect of the constraint of adjacent off-axis plies 
is considered by introducing a knock-down in 
strength or stiffness of material abutting a central 
0° ply. The introduction of off-axis plies lead to a 
significant increase in the predicted failure strain, 
with material properties roughly corresponding to 
adjacent ±45° plies giving an increase in failure 
strain of 12% compared with the free edge 
condition. 
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 Solid layer Rebar layer Resulting composite 

E1 (GPa) 11.2 230 146 

E2 = E3 (GPa) 11.2 n/a 11.2 

τy  (MPa) 64.7 n/a 64.7 

ν12 0.3 0.3 0.3 

Fibre volume fraction vf n/a 0.588 n/a 

Table 1: Material properties. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 1. Geometry of idealised waviness (after [4]). 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig 2. Contours of fibre orientation φ, for random waviness with characteristic defect size λ = 0.1L. 
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Fig. 3. Typical mesh used for the idealised waviness model (square defect, λ = 0.1L). 
 

 
 
 
 
 
 
 
 
 
 
 
 

Fig. 4. Mesh refinement study for an idealised square-defect waviness geometry (φm = 3°, λ = 0.1L). 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
Fig. 5. Collapse response showing the change in peak shear strain with remote mean applied stress  

for an idealised square-defect waviness geometry, φm = 3°, λ = 0.1L. The insets show the composite  
shear strain around the waviness defect superimposed on a mesh with ×10 displacement amplification. 
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Fig. 6. Model to investigate the effect of off-axis plies. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig 7. Effect of peak misalignment angle φm and patch geometry on strength.  
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Fig 8. Effect of the position y'/L of the centre of a square defect on the strength, normalised by the strength for a 
central defect (φm = 3°, λ = 0.1L). 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 
 
 
 

Fig 9. Distance y'/L from the free edge of the failure location: (a) no fade-out of waviness at free edge,  
(b) waviness faded over edge region of width λ = 0.1L (random waviness, φm = 1.5°, λ = 0.1L). 
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Fig 10. Effect on strength of ratio L/λ of width of specimen to size of random defect (φm = 1.5°). 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 

 
 

Fig 11. Effect of the constraint of adjacent plies on the failure strain in a central 0° ply containing random 
waviness with φm = 1.5°, λ = 0.1L. 
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Abstract 

An analytical model was developed to efficiently 

determine the bearing response of composite bolted 

joints under various rates of loading.  The load 

carried by the bolt was determined via a series of 

piecewise continuous functions to represent the 

various states of damage in the joint as a 

consequence of the applied displacement. The model 

was compared to experimental data obtained from 

single-bolt, single-lap joints tested quasi-statically 

and at rates of 5 m/s and 10 m/s. A good correlation 

between the model and the experimental results was 

observed for all test cases considered. 

 

1 Introduction 

The use of carbon fibre-reinforced plastic (CFRP) 

materials in primary aircraft structures has increased 

significantly in recent decades. This is evident from 

the latest generation of large commercial aircraft, 

e.g. the Boeing 787 and Airbus A350XWB, which 

consist of over 50% composite material by weight.  

Despite the lower structural efficiency when 

compared to adhesively bonded joints, bolted joints 

are still widely used in modern aircraft due to their 

ease of installation and disassembly, and resistance 

to environmental degradation. Consequently, due to 

the large number of mechanical fasteners in modern 

aircraft, significant weight savings can be realised 

by optimising the joint design. 

 

There have been numerous studies carried out in the 

literature on the quasi-static response of 

mechanically fastened composite joints and as a 

result the mechanics of this problem are relatively 

well understood [1-4]. However, as a consequence 

of the operating environment of aircraft, many of the 

critical load cases for structural design are impact or 

crash scenarios which are characterised by high rates 

of loading. A number of authors have investigated 

joints loaded at rates comparable to those that may 

be experienced during a survivable crash situation 

[5-9]. It was apparent that any rate effects observed 

are dependent on a number of experimental 

parameters which appear to include the parent 

material of the joint, its preparation and layup, and 

the geometry of the joint: including thickness, 

clearance, width and end-distance. Additionally, 

fastener head-type, bolt diameter, bolt pre-load, 

loading velocity and the loading direction (i.e. 

bearing or fastener pull-through) also appear to play 

a crucial role in the rate-sensitivity of the joint. 

 

Ger et al. [5] investigated the effects of loading rate 

on the structural response of mechanically fastened 

CFRP and carbon-kevlar fibre reinforced plastic 

(HFRP) joints. Specimens were tested quasi-

statically and dynamically (loading rates of 3-5 m/s). 

In general it was found that there was a decrease in 

energy absorption and increase in joint stiffness for 

the dynamic loading rates. However, inertia effects 

of the specimen attachment were not accounted for 

which might have led to unreliable or misleading 

conclusions. Li et al. [6] tested a number of carbon 

fiber joint configurations in bearing at loading rates 

between quasi-static and 8 m/s. The results obtained 

contradict those from [5]. It was found that for the 

majority of tested specimens, the stiffness and 

strength of the joint only increased slightly with 

loading rate but there was a significant change in 

failure mode at higher rates (4-8 m/s) which 

generally resulted in increased energy absorption.  

Pearce et al. [7] tested a series of joints and 

structures in bearing and pull-through directions at 

dynamic rates between 0.1 and 10 m/s. Only minor 

AN EFFICIENT ANALYTICAL MODEL OF COMPOSITE 

BOLTED LAP JOINTS SUBJECTED TO HIGH RATES OF 

LOADING 
 

P. A. Sharos, B. Egan, C. T. McCarthy* 

Department of Mechanical, Aeronautical and Biomedical Engineering, 

Materials and Surface Science Institute, 

University of Limerick, Limerick, Ireland 
* Corresponding author (Conor.McCarthy@ul.ie) 

 

Keywords: analytical model, bolted joints, efficient numerical analysis, finite element analysis, 

high-rate loading 

ICCM19 3466



AN ANALYTICAL MODEL TO IMPROVE THE EFFICIENY OF NUMERICAL ANALYSES OF COMPOSITE 

BOLTED LAP JOINTS SUBJECTED TO HIGH RATES OF LOADING 

 

loading-rate sensitivities were observed in the pull-

through and multi-bolt structural impact tests. 

Specimens loaded in bearing experienced a 

pronounced change in failure mode when loaded at 

or above 1 m/s. Although the failure initiation load 

and ultimate load did not change with rate, the 

energy absorption increased significantly. This was 

owed to a change in residual strength of the 

specimens’ post ultimate load. Heimbs et al [8] also 

tested a series of mechanically fastened, 

carbon/epoxy laminate joints up to loading velocities 

of 10m/s. Single-lap shear tests on single-bolt and 

two-bolt specimens, bolt pull-through tests and 

coach peel tests were carried out. It was found that 

only the two-bolt, single-lap shear specimens 

showed rate dependence where the final failure 

mode changed from net-tension to extensive bearing 

and pull-through. This rate-dependent change in 

failure mode resulted in increased energy absorption 

of the joint.  

 

A number of single-lap joints with layups 

representative of aircraft fuselage skin panels were 

tested by Egan et al. [9] quasi-statically and at 5 m/s 

and 10 m/s. It was found that the energy absorption 

for all test cases considered increased with loading 

rate. For the thinner laminates tested it was found 

that fastener pull-through was the dominant final 

failure mode, but for thicker laminates tested the 

failure mode was found to vary between fastener 

failure and fastener pull-through. The former 

resulted in decreased energy absorption due to 

premature fastener failure. In the thinner laminates it 

was also found that the ultimate load carried was 

significantly lower in the dynamic tests. During the 

testing of these specimens significant heating of the 

joint was also observed, which may have been a 

contributing factor to the lower ultimate loads. 

Reviewing the rate effects observed in [5-9] during 

joint testing, a common observation is a change in 

energy absorption of the joint, with most authors 

reporting an increase. This appears to be a key 

parameter in predicting the dynamic response of 

composite bolted joints. 

 

In order to carry out an accurate numerical analysis 

of a composite bolted joint, the use of expensive 

three-dimensional finite element (FE) techniques is 

required if a conventional approach is taken. A 

model accounting for the most significant 

characteristics in the joint load-displacement curve 

must include frictional effects between the laminates 

and the clamping effect of the bolt. In addition, a 

complex material model is required to account for 

damage initiation and progression within the 

composite material as well as any significant strain-

rate effects that may be present. Accounting for 

these effects in a detailed numerical model 

significantly lengthens the computational time 

required for an analysis, thus making further 

numerical optimisation studies infeasible. An 

analytical model was developed to determine the 

response of the single bolt joint in advance of the 

finite element calculation. The detailed mesh 

required for the joint area could then be replaced by 

a simple two-node element whose response is 

determined by the analytical model. This would 

allow extremely efficient finite element analyses of 

large composite structures to be realised. This 

technique was successfully implemented by Gray 

and McCarthy [10] for composite joints under quasi-

static rates of loading. 

 

 

2. Experimental Data 

Experimental data obtained from Egan et al [9] was 

used to validate the analytical model developed. A 

number of single-lap, composite bolted joints were 

tested quasi-statically and at rates of 5 m/s and 10 

m/s. Quasi-static tests were performed on a Zwick 

100kN universal hydraulic machine while dynamic 

tests were carried out on a Zwick Amsler HTM 5020 

high-speed testing machine. All joints were 

manufactured from a carbon fiber composite prepreg 

with a toughened epoxy resin. Fasteners were 

aerospace grade titanium alloy (Ti-6Al-4V) 4.8 mm 

diameter bolts with a 130o countersunk head 

(ABS0873) and steel nuts (ANSA2536). Figure 1 

illustrates the joint geometry. A number of tapered 

and non-tapered specimens were tested. However it 

was found that joint response was dictated primarily 

by the layup in the overlap region [9]. For this 

reason only non-tapered layups were modelled. The 

dimensions of the joint and the fibre orientations for 

the layups considered are given in Tables 1 and 2 

respectively.  

 

ICCM19 3467



AN ANALYTICAL MODEL TO IMPROVE THE EFFICIENY OF NUMERICAL ANALYSES OF COMPOSITE 

BOLTED LAP JOINTS SUBJECTED TO HIGH RATES OF LOADING 

 

3  

 

Fig.  1. Geometry of single-bolt, single-lap joint specimen 

tested 

Table 1. Dimensions of single-bolt specimen 

g (mm) 

QS/HS) 

L (mm) 

(QS/HS) 

d 

(mm) 

e 

(mm) 

w 

(mm) 

75/50 155/160 4.8 15 30 

 

Table 2. Fibre orientations of layups tested 

Layup Orientations t (mm) 

C 
45/90/-45/0/0/0/-

45/0/90/0/45/0/0/0/-45/90/45 
2.125 

E 

45/90/-45/0/0/0/45/-

45/0/0/0/45/90/-45/45/0/0/0/-

45/90/45 

3.125 

 

For every test case considered a minimum of three 

repeats were carried out and very good repeatability 

was found for all load cases. A representative 

sample of the C-laminate tests at various loading 

rates is shown in Figure 2 to illustrate rate 

phenomena observed during testing. Results for all 

test cases are presented in Section 4 where the model 

is compared with the experimental results.  

 

 

Fig.  2. Experimental results for C laminate joints tested 

at quasi-static and dynamic loading rates 

 

 

Fig.  3. Schematic of characteristic loading curve for 

single bolt joint 

From Figure 2, it can be seen that although the 

elastic response of the joint appears to be rate 

independent, the damaged response does not. This is 

evident through dissimilarities between the first 

failure loads, Pff, ultimate loads carried, Pult, and the 

energy absorption during failure. These differences 

are illustrated in Figure 3. Furthermore, the damage 

response appears to consist of an amalgamation of a 

non-linear region prior to Pult and a quasi-linear 

region after reaching the ultimate load.  This 

observation will be discussed further in Section 3.2.  

 

It is clear that the energy absorption of the joint is a 

key variable in predicting its rate response. The 

energy absorbed during the non-linear and quasi-

linear damage regions illustrated in Figures 3 and 7 

will be denoted E1 and E2 respectively.  These 

energies, as well as the first and ultimate failure 

loads, were determined and averaged for each layup 

and associated loading rates are presented in Tables 

3 and 4.  
 

Table 3. C Laminate key damage variables 

 Pff (kN) Pult (kN) E1 (J) E2 (J) 

QS 5.04 9.2 17.21 4.11 

5 m/s 5.19 7.1 2.96 38.86 

10 m/s 4.74 7.23 4.95 28.64 
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Table 4. E Laminate key damage variables 

 Pff (kN) Pult (kN) E1 (J) E2 (J) 

QS 7.73 9.56 4.07 0.313 

5 m/s 10.00 11.5 2.14 
36.4  

(11.7) 

10 m/s 8.51 11.6 7.17 
15.9 

(38.35) 

 

It is apparent from Figure 2 and Tables 3 and 4 that 

the majority of energy absorbed during dynamic 

testing occurs after the ultimate load has been 

reached i.e. during the quasi-linear unloading 

regime. This is in contrast to the quasi-static tests 

where the energy absorbed during the quasi-linear 

region is almost negligible in comparison to that 

absorbed during the non-linear damage region.  In 

addition, it appears that E2 varies as a function of the 

final failure mode. In the joints tested that were 

manufactured from the E-layup, two final failure 

modes were present; fastener failure and extensive 

bearing damage leading to fastener pull-through. It 

was observed that for the 5 m/s cases fastener pull-

through was the dominant failure mode whereas 

fastener failure was the dominant mode of failure for 

the 10 m/s cases. In Table 4, the average energies 

absorbed in cases that failed via the non-dominant 

failure mode are given in brackets. For the 5 m/s 

case this was fastener failure while for the 10 m/s 

case this failure mode was fastener pull-through.  It 

is interesting to note that the energies corresponding 

to a particular failure mode for the E-layup are very 

similar regardless of loading rate. Table 5 below 

gives a complete list of the final failure mode for 

each test conducted, where FF denotes fastener 

failure and FP denotes fastener pull-through. 

 

Table 5. Final Failure Modes for single-bolt tests 

 Quasi-Static 5m/s 10m/s 

 1 2 3 1 2 3 1 2 3 

C FF FP FP FP FP FP FP FP FP 

E FF FF FF FP FF FP FF FF FP 

 

 

3. Model Development 

There have been various studies carried out on the 

quasi-static response of composite bolted joints [1-4] 

and as a result, the key variables and how they 

pertain to the characteristic loading curve are 

relatively well understood. In the majority of the 

dynamic studies reviewed [5-9], it was found that 

rate effects on the joint, if present, had the most 

significant effect on the damaged response, i.e. from 

the first significant failure load onwards. As 

mentioned in Sections 1 and 2, one of the key 

variables in predicting the dynamic response of 

composite bolted joints appears to be the energy 

absorption during the propagation of damage. 

 

A simple analytical model was developed to predict 

the load-displacement response in order to accelerate 

finite element calculation times for bolted joints at 

various rates of loading. The elastic response was 

determined by a system of equivalent springs 

whereas the damaged response was predicted from 

knowledge of the energy absorption characteristics 

of the joint as well as the first failure and ultimate 

loads.   But as mentioned in Section 1, there are 

numerous parameters that influence the rate 

sensitivity of the joint. It was hoped that the 

development of a model based primarily on the 

energy absorption characteristics would provide a 

simple yet accurate approach to capture the response 

of the joint at various rates of loading.  

 

3.1 Elastic Joint Response Model 

It was observed that the elastic response of the joint 

is composed of two quasi-linear regions arising from 

the friction between the laminates and the joint 

stiffness (governed by the properties of the bolt and 

composite material) [1, 5]. This gives rise to slopes 

K1 and K2 respectively as shown in Figure 4. A 

number of authors [4, 11-13] have investigated the 

problem of predicting the response of bolted joints 

when loaded within their elastic range. A similar 

approach to that developed by [4, 11-13] was 

implemented to predict the response of the joint up 

to the first failure load and rates up to 10 m/s.  

 

The initial slope, K1, arises due to the compliance of 

the parent joint material in shear, namely in the X-Z 

plane. The clamping pressure applied by the bolt on 

the laminate causes the load to be reacted by friction 

[1, 5]. Assuming this effect is localized to the 

clamping region of the bolt (approximately the area 

under the bolt head or washer [5]) the stiffness K1 

can be calculated by Equation 1. This can be shown 

by means of elastic strain energy considerations, 

where Ac is the contact area shown in Figure 5, t is 

the thickness of the laminate and dh and dH are the 
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diameters of the hole and bolt head/washer 

respectively. 

 

 

Fig.  4. Schematic of elastic loading of a bolted joint 

 

 

Fig.  5. Contact area when calculating frictional forces in 

highly torques single-bolt, single-lap joints 

 

 

 
𝐾1 =

𝐴𝑐𝐺𝑥𝑧

𝑡
 

 

(1) 

When loaded above the maximum static friction 

force, Pfric, the laminates will slip relative to one 

another a distance c which is approximately equal to 

the clearance between the bolt shank and the hole. 

After this the load will then be reacted by the bolt 

and composite material. This response gives rise to 

the joint stiffness, K2, which is determined from the 

system of equivalent springs shown in Figure 6. 

Only the bearing loading case was considered in this 

study, therefore all springs shown in Figure 6 only 

have stiffness in the direction of loading. The spring 

stiffness K1e and K2e can again be determined from 

strain energy considerations and are given by 

Equation 2 where i denotes the relevant properties of 

the i-th laminate.  

 

Fig.  6. Equivalent spring model for single-bolt, single-

lap joint 

 

 
𝐾𝑖𝑒 =

𝐸𝑥𝑥𝑖
𝑤𝑖𝑡𝑖

𝐿𝑖

 

 

(2) 

The stiffness term, KB, accounts for the elastic 

stiffness of the joint in the vicinity of the bolt. This 

can be calculated from Equation 3, which was 

determined by Nelson et al. [13] for single lap 

composite joints based on Tate and Rosenfeld’s [12] 

original equation for double-lap isotropic bolted 

joints. Equation 3 provides a realistic approximation 

for the joint stiffness as it includes terms to account 

for the compliance of the bolt in bending, shear and 

bearing, the composite laminates in bearing, and the 

effect of the fastener head type on reacting the 

moment induced by secondary bending (that is 

present in all single lap joints) by means of the β 

term. This approach allows the elastic response of 

the joint to be determined, up until the failure 

initiation load Pff. 

 

1

𝐾𝐵

=
2(𝑡1 + 𝑡2)

3𝐺𝑏𝐴𝑏

+ [
2(𝑡1 + 𝑡2)

𝑡1𝑡2𝐸𝑏

+
1

𝑡1(√𝐸𝑥𝑥𝐸𝑦𝑦)
1

+
1

𝑡2(√𝐸𝑥𝑥𝐸𝑦𝑦)
2

] [1 + 3𝛽] 

 

(3) 

3.2 Damaged Joint Response Model 

There have been a number of attempts in literature to 

develop an efficient method for determining the 

damaged response of composite bolted joints [10, 

14]. Gray et al. [10] based their approach on the 

findings of McCarthy et al. [15] by approximating 

the non-linear damage propagation of joints at quasi-

static rates by means of a cubic curve. This method, 
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although very effective for quasi-static load cases, 

assumed that catastrophic failure of the joint would 

occur immediately after reaching the ultimate load. 

This is an invalid assumption for dynamic rates as it 

can be seen from Tables 3 and 4 that the post-

ultimate load response accounts for a significant 

portion of the energy absorption of the joint. 

Furthermore, the approach taken by [10] and [15] 

does not inherently depend on the energy absorbed 

during loading to calculate the cubic curve. Rather, a 

control case is required where the loads and tangent 

stiffness at evenly spaced displacement intervals are 

taken in order to fit a cubic spline through the 

experimental data.  

 

Pearce et al. [14] used point link (PLINK) elements 

from the commercial PAM-CRASH software to 

account for the damage propagation in dynamic 

tests. After the initiation of damage, the joint is 

assumed to experience a period of constant load-

extension followed by a linear softening region [16]. 

These regions are defined by inputting the 

experienced displacements for the constant load-

extension and linear softening regions as well as the 

energy absorbed during this period of loading. 

Although this approach does consider the energy 

absorption of the joint, it simplifies the damage 

curve, omitting the non-linear damage propagation 

up to the ultimate load. Additionally, joint 

displacements are required in defining the damage 

response, the prediction of which is quite difficult.  

 

As discussed in Section 2, it is clear that the 

principal variable that affects the response of the 

joint during failure is the energy absorbed. By 

basing a method on this parameter as well as the 

ultimate load carried, any rate effects present are 

effectively accounted for. This is evident by 

reviewing Tables 3 and 4. As mentioned in Section 

2, it appears that the damage response of the joint 

consists of a piecewise continuous curve whose 

shape is dependent on the level of damage in the 

joint. The initial region is approximately cubic in 

shape [10, 15] up to the ultimate load and linear to 

final failure [14, 16]. The forms of the functions 

used are shown in Equation 4 and illustrated in 

Figure 7, where 𝑋𝑃𝑓𝑓
 and 𝑋𝑃𝑢𝑙𝑡

 are the displacements 

corresponding to the first significant failure load and 

ultimate load respectively.  

 

𝑓(𝑥) = {
𝑎11𝑥3 + 𝑎12𝑥2 + 𝑎13𝑥 + 𝑎14

𝑎21𝑥 + 𝑎22
 
𝑖𝑓𝑋𝑃𝑓𝑓

< 𝑥 ≤ 𝑋𝑃𝑢𝑙𝑡

𝑖𝑓             𝑥 > 𝑋𝑃𝑢𝑙𝑡

 

 

                                                                                        (4) 

 

Fig.  7. Schematic of joint damage approximation 

employed 

 
In order to determine the constants from Equation 4 

a number of boundary conditions are required. These 

were based on parameters that were found to be rate 

dependent and key to the overall damage response of 

the joint; namely the energy absorption, Pff, and Pult. 

The boundary conditions used for determining the 

cubic region are given in equations 5-9.  

 

 𝑓(𝑋𝑃𝑢𝑙𝑡
) = 𝑃𝑢𝑙𝑡 

 
(5) 

 𝑓 (𝑋𝑃𝑓𝑓
) = 𝑃𝑓𝑓  

 
(6) 

 𝑑𝑓(𝑥)

𝑑𝑥
|

𝑥=𝑋𝑃𝑢𝑙𝑡

= 0 

 

(7) 

   𝑑2𝑓(𝑥)

𝑑𝑥2
|

𝑥=𝑋𝑃𝑓𝑓

     = 0 

 

(8) 

 
∫ 𝑓(𝑥)

𝑋𝑃𝑢𝑙𝑡

𝑋𝑃𝑓𝑓

= 𝐸1 

 

(9) 

Although, it appears that this method requires 

knowledge of 𝑋𝑃𝑓𝑓   and 𝑋𝑃𝑢𝑙𝑡
  similar to Pearce et al. 
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[14], this is not the case. The value of 𝑋𝑃𝑓𝑓
 can be 

approximated from the elastic model outlined in 

Section 3.1. Boundary conditions from equations 7 

and 9 require knowledge of the value of 𝑋𝑃𝑢𝑙𝑡  which 

is unknown. However, this problem can be 

overcome by iterating through approximate values 

of 𝑋𝑃𝑢𝑙𝑡   until Equation 5 and 9 are simultaneously 

satisfied. The constants for the linear function can be 

determined by satisfying Equations 10 and 11.  

 

 

 

 𝑓(𝑋𝑃𝑢𝑙𝑡
) = 𝑃𝑢𝑙𝑡  

 
(10) 

 
∫ 𝑓(𝑥)

−𝑎22
𝑎21

𝑋𝑃𝑢𝑙𝑡

= 𝐸2 

 

(11) 

 

 

4. Results  

The results obtained from experiments carried out by 

Egan et al. [9] are compared with those obtained 

from the model that was developed and outlined in 

Section 3. These are shown in Figures 8-13. The 

dynamic tests for joints manufactured from the E-

layup were found to lie on the cusp of two failure 

modes; fastener failure and fastener pull through. As 

can be seen in Tables 3 and 4, failure mode 

significantly affects the energy E2. The joints where 

fastener failure was the dominant final failure mode 

absorb significantly less energy than those which 

failed via fastener pull-through. For dynamic cases 

where two failure modes were present the model 

was run twice, using the E2 value associated with 

each final failure mode. The solid black line 

indicates model simulation using the E2 value for the 

dominant failure mode. For the E laminate 5 m/s 

case the dominant failure mode was fastener pull 

through whereas the dominant failure mode for the 

E-laminate 10 m/s case was fastener failure. 

 

Fig.  8. Layup C quasi-static load displacement curve 

 

Fig.  9. Layup C 5m/s load displacement curve 

 

Fig.  10. Layup C 10m/s load displacement curve 
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Fig.  11. Layup E quasi-static load displacement curve 

 

Fig.  12. Layup E 5m/s load displacement curve 

 

Fig.  13 Layup E 10m/s load displacement curve 

 

 

5. Discussion 

It can be seen in Figures 8 to 13 that an excellent 

correlation is observed between the model and the 

experimental test cases, particularly when 

comparing the response up to the first failure load. 

This justifies the assumption that for the test 

velocities considered the joint response is rate 

independent during the elastic loading regime. 

Additionally for all test cases, the non-linear damage 

function which is governed by the energy E1 

correlates well with experiments, and a very good 

estimation of joint displacement at the ultimate load 

is obtained.  

 

One limitation observed with the model was the 

linear damage assumption, governed by energy E2. 

For all joints comprising of the C-layup, and half of 

the dynamic tests and all quasi-static tests of the E-

layup, the linear damage approximation provides a 

very accurate representation of the joint response to 

final failure. When these experimental cases were 

reviewed it was seen that the final failure mode was 

exclusively either fastener failure or fastener pull-

through i.e. there was no mixed-mode failure 

mechanism in these individual experiments. 

However, repeats 1 and 3 of the 5 m/s test and repeat 

2 of the 10 m/s test of the E-layup joints did not 

correlate as well with the model during the linear 

damage region. From Table 5, it can be seen that all 

of these specimens experienced fastener pull through 

as the final failure mode. When the specimens were 

inspected post-testing it was observed that the 

fastener heads exhibited partial failure [9]. 

Reviewing the load-displacement curves for these 

cases in Figures 12 and 13, it can be seen that the 

initial unloading region is very similar to the cases 

which failed exclusively via fastener failure. The 

unloading curve then becomes more gradual similar 

to that experienced by cases which failed via 

extensive bearing damage followed by fastener pull-

through.  

 

This mixed-mode final failure mechanism was 

exclusive to the thicker E-laminate. Egan et al. [9] 

attributed this to greater bending moment reacted by 

the fastener head due the greater ultimate loads 

carried and the thicker layup. In Section 3.2, when 

the damage model was developed, a single linear 

unloading region which implied a single final failure 

mode was assumed. For the test cases which failed 
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9  

exclusively via fastener failure or pull-through 

modes, an excellent correlation with the model was 

obtained. This somewhat justifies the use of a linear 

unloading approximation based on the energy 

absorption associated with the final failure mode. In 

order to capture this mixed mode failure it is 

required to know the loads that a partially-failed 

fastener can carry. From Figures 12 and 13 this 

appears to be between 6 and 8 kN, but this is only a 

set of three cases where the mixed-mode failure was 

not exclusively the final failure mode; so no definite 

conclusions can be drawn from this data.  Assuming 

the residual strength of the partially failed fastener is 

known, along with the energy absorptions 

corresponding to the individual failure modes, a 

better correlation could be obtained through the use 

a piecewise linear function consisting of two 

segments governed by the energy absorption of each 

individual mode. However, the mixed-mode failure 

is not exclusive to any particular loading velocity 

and it would have to be assumed that both fastener 

failure and partial fastener failure/fastener pull-

through modes are equally likely to occur for 

dynamic E-layup test cases.  

 

6. Conclusions 

Based on the results obtained from the experimental 

results and the analytical model that was developed, 

the following conclusion can be made regarding the 

dynamic response of composite bolted joints: 

 For loading rates up to 10 m/s, there 

appears to be little to no rate effects on the 

elastic response of the joint. 

 For the materials and joint configurations 

considered, the energy absorption of the 

joint increase when loading rate is 

increased from quasi-static to over 5m/s. 

 The energy absorption of the joint is 

dependent on the final failure mode. Using 

this energy, a reasonable prediction of the 

joint response during failure can be 

obtained.  
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1 Introduction 

Weight savings in automotive structures are critical 

to further reduce fuel consumption and meet future 

emission targets. Due to their high specific material 

properties C-fibre reinforced plastics (CFRP) may 

offer superior performance compared to their 

metallic counterparts and may therefore be one way 

to achieve such weight savings. Crashworthiness is 

an important driver for vehicle design where CFRP 

may be used to save weight. However, currently a 

large number of tests are necessary to design 

composite structures for energy absorption, which 

can be both expensive and time consuming. This is 

due to a lack of robust models and a good 

understanding of the mechanisms governing energy 

absorption (Soden et al. [1]). The focus of this work 

is thus twofold. In a previous study by Engel et al. 

[2] we presented data for axial impact testing of 

composite structures. Here, additional data for off-

axis testing of composite structures during dynamic 

impact is presented. In addition, static coupon tests 

were conducted to determine basic material data 

such as tensile and compressive strength. The two 

data sets were then analyzed to identify key 

parameters that govern energy absorption. The aim 

is a simple understanding of the geometrical and 

material parameters affecting energy absorption. 

2 Literature Review 

It has previously been demonstrated that geometrical 

features, such as wall-thickness (Bisagni [3]), corner 

radius (Bambach et al. [4]) and laminate architecture 

(Mamalis et al. [5], Laananen et al. [6]) can affect 

energy absorption in composite materials. However, 

some of the past results are contradictory. Whilst 

Hamada et al. [7] showed an indirect correlation of 

wall-thickness and specific energy absorption, this 

trend could not be confirmed in Kim et al. [8]. This 

may be due to the interaction of geometrical or 

laminate features, which could have been varied 

inadvertently. These underlying interactions are not 

yet studied and understood in detail.  

In most cases, specimens with circular cross-sections 

were used for studying energy absorption, e.g. by 

Kim et al. [8], Brighton et al. [9] and Farley [10]. 

This was due to relative ease of manufacturing and a 

smaller number of geometrical parameters, which 

have to be taken into account. Palanivelu et al. [11] 

have shown differences in energy absorption for 

nominally comparable specimens with circular or 

rectangular cross-section In addition circular 

structures for energy absorption have limited 

relevance for automotive structures. This is due to 

the different requirements a certain structure has to 

fulfil. For example a conventional engine carrier is 

not only the main energy absorbing structure during 

a frontal crash event, but also the main connector for 

engine and front axle system to the car structure. 

Historically, these engine carriers have been 

rectangular. So there is a lack of knowledge 

concerning the energy absorption of rectangular 

composite profiles. 

Automotive crash structures may also undergo 

oblique dynamic loading [12], which has seen only 

limited research. Previous studies e.g. by Ochelski et 

al. [13] have only investigated conical structures 

under non-axial loading. Studies on carriers with a 

constant cross-section under non-axial dynamic 

impact are missing. 

Automotive structures are basically designed for 

strength and stiffness. In a second step crash 
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performance is tested and optimized. Thus, 

preliminary laminate configurations and geometries 

are known when vehicle design is optimized for 

crash. This is why an approach to derive crash 

performance metrics from laminate properties is 

needed. These properties can be generated from 

coupon tests and may allow estimating the energy 

absorption during early vehicle design. Some earlier 

studies have already aimed to establish this link.  by 

Hadavinia [14], Beard et al. [15], Solaimurugan et 

al. [16, 17] already aimed to establish this link, but 

concentrated on critical energy release rate in 

delamination mode I (  
 ).  

The present study deals with the influence of 

geometrical parameters and laminate architecture on 

crash performance of rectangular profiles. 

Geometrical features and laminate architecture were 

varied. Those parameters varied directly, will be 

called base parameters throughout this paper. The 

approach of Design of Experiments is applied to 

reduce the number of necessary tests. The specimens 

were tested dynamically under angles of 0deg, 

10deg and 20deg. The tested parameters were 

correlated to defined governing variables describing 

crash performance, describing structural behaviour 

under dynamic axial loading. Coupon tests were 

additionally conducted to test the in-plane 

compression, tensile, and bending strength and 

stiffness as well as interlaminar shear strength of the 

laminates. Material data were then correlated to 

governing variables. Since base parameters are 

defined from a manufacturing point of view, derived 

parameters as wall thickness (THK) and structural 

compressive strength (Rax) are correlated to 

governing variables to identify physically 

meaningful interpretations of the parameters tested. 

3 Experimental Procedure 

3.1 Sample manufacture 

Parameters altering geometry and laminate 

architecture were chosen to study their influence on 

crash performance of profiles with rectangular cross 

section. These were corner radius (R), aspect ratio 

(AR), axial fibre ratio (AFR) and number of braided 

layers (NLay). For each parameter a high and low 

level was defined. The relation between physical 

variables and normalized test levels is summarised 

in Tab. 1. For the definition of AR one side length 

was held constant, the length of the slender side was 

varied. Relevant dimensions are also included in 

Tab. 1. The possible combinations of those 

parameters on the two levels each defined the 

configuration for the individual specimen. Each 

configuration was tested twice in the case of axial 

loading and the data were averaged. 

 Tab. 1: Sample configurations for dynamic axial impact 

 

Specimens were braided on a foam core. SGL 50k 

rovings were used as filler yarns, 12k and 24k Toho 

Tenax HTS40 rovings as braiding yarns. Braiding 

yarns were changed to alter AFR in the desired 

range. Preforms were wrapped in peel ply and 

inserted into an aluminium mould. Using low-

pressure resin transfer moulding (RTM) the 

components were infused with resin. Afterwards 

peel ply and core material was removed before 

tempering. See Engel et al. [2] for further details.  

From this set of configurations an additional subset 

with a corner radius of 25 mm was generated for 

non-axial tests and additional specimens were 

manufactured. 

For determination of material data two additional 

specimens were manufactured. For AR, R and NLay 

the reference level (Tab. 1, Level „0“) was chosen. 

One specimen was manufactured with AFR = 28% 

(“Low” Level) another one with 60% (“High” level). 

Material testing was then performed quasi-statically, 

considering the respective standards as far as 

possible, see Tab. 2 for details.  

The nomenclature of relevant faces of the profile 

and directions is shown in Fig. 1. Due to constraints 

arising from the geometry tensile tests could not be 

Parameter - 0 +

Corner Radius [mm] 15 20 25

UD-Volume fraction [%] 28 44 61

Braided Layers [-] 2 3 4

Aspect ratio [-] 1:2.00 1:1.40 1:1.08

Slender side [mm] 70 100 130

Wide side [mm] 140 140 140
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performed in transverse direction. The coupons for 

tension testing would have been too short to apply 

enough clamping length, while ensuring undisturbed 

straining in the relevant area of the coupon. Further, 

ILSS tests were only conducted in axial direction. 

Coupon dimensions are summarised in Tab. 2. Each 

test was repeated five times and then averaged to 

improve statistical relevance. 

 
Fig. 1: Naming convention of faces and directions in 

studied structure 

3.2 Testing procedure 

For dynamic impact testing each profile specimen 

was glued into a grooved base plate. The base plate 

was then mounted into the test rig (Fig. 2). The 

impactor mass was varied depending on the 

expected energy absorption to ensure a reasonable 

crash length. Thus a stable fracturing could be 

reached. The initial impactor speed was held 

constant at 8.2 m/s. For each test the impactor was 

accelerated to the desired speed. The specimen then 

absorbed the kinetic energy imparted by the 

impactor, see Fig. 3.  

During testing the acceleration at the base plate and 

the displacement of the impactor were recorded as a 

function of time. High-speed imaging was used to 

capture the onset and propagation of failure during 

the impact event. Further, post-test inspection was 

used to correlate the measured force-time curve to 

specific failure modes.  

Fig. 2: Schematically drawing of crash test rig  

For off-axis testing specimen were mounted 

identically to axial testing. The impactor was then 

slanted at the desired angle to realize the off-axis 

impact, see bottom of Fig. 2. Impactor velocity was 

held constant at 8.2 m/s. Mass of the impactor was 

varied as for axial load case. 

Tab. 2:  Overview material data tests 

 

Loadcase Standard

Specimens‘ 

dimension

Tension DIN EN 2561 100 x 15 mm

Compression DIN 14126 100 x 15 mm

3PB DIN EN ISO 14125 100 x 15 mm

ILSS DIN EN ISO 14130 40 x 20 mm

Tension DIN EN 2561 100 x 15 mm

Compression DIN 14126 100 x 15 mm

3PB DIN EN ISO 14125 100 x 15 mm

ILSS DIN EN ISO 14130 40 x 20 mm

Compression DIN 14126 60 x 15 mm

3PB DIN EN ISO 14125 60 x 10 mm

Compression DIN 14126 100 x 15 mm

3PB DIN EN ISO 14125 100 x 15 mmW
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Fig. 3: Example of a braided carbon composite structure 

a) prior to testing and b) after testing (Engel et al. 

[2]) 

3.3 Statistical Analysis 

Response Surface Methodology (RSM, see Myers et 

al. [18] for details), designates a set of tools for 

studying a physical system by means of statistical 

analysis. Therefore a set of independent parameters 

 , such as corner radius (R) or side lengths’ ratio 

(AR), was correlated linearly to the governing 

variables  , which were mean crushing force 

(FMean) and peak load (FPeak). The quality of each 

model was tested using     
 , which is defined as 

shown in (Eq. 1). 

    
    

   

   
   

    
  

    
 
     

 
 
   

   
  

    
 
     

 
 
   

  (1) 

Where   is the number of observations,   the 

number of parameters included in the model.    and 

    is the response measured and the response 

predicted for the i-th variation, respectively.  

The significance of the individual parameters was 

tested by calculating its t-value according to Eq. 2 

   
  

              

 
(2) 

with    the j-th coefficient,    the standard deviation 

of the model,   the matrix of parameters   and ‘jj’ 

marking the diagonal element corresponding to the 

tested parameter. The   -value is then compared to 

the student’s t-distribution for a confidence interval 

of 95%. If    is larger than a critical value 

            , then the coefficient is significant. 

To make sure that the linear approach was justified, 

a test for Lack of Fit (LOF) was perfomed for axial 

load case in accordance to Eq. 3.  

   
         

        
 (3) 

                  
 

 

   

 (4) 

                 
 

 

   

 

   

 (5) 

Where   is the number of tested levels and    the 

mean response on the j-the level. It was assumed 

that F0-Value is distributed as F-Statistic, with a 

critical value               . If the calculated F0-

Value is smaller than the critical value, than the 

linear assumption is valid. 

4 Experimental Results 

4.1 Quasi-static tests 

An overview of the static test results is given in 

Tab. 3 for the slender side and in Tab. 4 for the wide 

side. Comparing the results for coupons cut from 

either slender or wide side of the profil it can be 

seen, that the mechanical properties vary. This is due 

to diffenrent fibre orientation during braiding 

process where the fibre angle changes when layup-

path deviate from a geodesic line (see Fig. 4). 

Deviation in repeated tests is varying with load case 

and specimen configuration and takes values 

between 3 and 35%. Tests with high fibre content in 

loaded direction show smaller Coefficients of 

Variance (CoV). Highest CoV appear under 

compressive loading. For future material testing 

specifically in braided structures a higher number of 

tests, especially in transverse direction und under 

compressive loading should be chosen.  

4.2 Dynamic tests 

An overview of the specimen data for axial testing 

together with the measured values for peak load 

(FPeak), mean crushing force (FMean), specific 

energy absorption (SEA) and crush force efficiency 

(CFE) is summarised Tab. 5.  
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Tab. 3:  Material data determined from coupon-tests, 

slender side 

 

Tab. 4:  Material data determined from coupon-tests, 

wide side 

 

The repeated tests for every configuration are 

labelled with roman numerals I and II. All 

specimens showed identical fracture mode, which 

was splaying, according to the notation of Farley et 

al. [19]. 

For the axial load case SEA values ranged from 21 

to 41 kJ/kg and CFE reached values between 27 and 

48%. Repeatability was high, and consequently the 

Coefficients of Variance (CoV) were well below 

10% in all configurations under axial loading. 

 
Fig. 4:  Scheme showing deviation of fibre directions 

due to profil's geometry 

Both SEA and CFE are relatively low compared to 

other studies, however this may be explained by the 

rectangular cross-section and thick braid layers 

(Thornton et al. [20], Mamalis et al. [21],[22]).  

 

Fig. 5:  SEA for non-axial impact under 10 and 20 deg 

normalised to values of axial tests 

Off-Axis data is summarised in (Tab. 6). Comparing 

the data from axial tests and tests with 10 deg impact 

angle shows only small changes in SEA. However, 

SEA decreases with further increase of impact angle 

to 20 deg by 13% on average (Fig. 5). This drop is 

due to the asymmetric delamination in splaying 

mode, producing a relatively thin and a thicker 

frond. Whilst the thinner part of the wall is failing, 

the thicker one undergoes mostly elastic 

deformation, absorbing less energy. The effect 

becomes stronger with increasing impact angle as 

shown by Mamalis et al. [23].  

 

LC

Stress CoV Stiffness CoV

[MPa] [MPa]

Tens 350 61 17% 20571 2496 12%

Comp 223 34 15% 9847 1114 11%

3PB 345 57 17% 26366 3788 14%

ILSS 34 1 3% - - -

Tens 643 26 4% 33058 1751 5%

Comp 249 16 6% 13342 708 5%

3PB 576 31 5% 43508 6416 15%

ILSS 45 4 9% - - -

Tens - - - - - -

Comp 105 13 12% 4644 176 4%

3PB 159 16 10% 8872 405 5%
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Comp 86 24 28% 3914 758 19%

3PB 102 14 13% 5988 981 16%
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Tab. 5:  Experimental results for axial dynamic test 

 
 

Tab. 6:  Experimental results for axial dynamic test 

 

 

R Nlay AFR ALPH AR

[mm] [-] [%] [°] [-]

I II I II I II I II I II

V01 15 2 28% 0 2.00 2.90 2.70 142 135 39 37 34 26 0.41 0.39

V02 25 2 28% 0 2.00 2.80 2.80 139 133 41 41 28 29 0.42 0.43

V03 15 2 60% 0 2.00 2.50 2.30 171 151 41 37 32 30 0.35 0.32

V04 25 2 60% 0 2.00 2.60 2.60 173 155 48 44 36 35 0.39 0.36

V05 15 4 28% 0 2.00 5.40 5.30 268 256 83 86 29 31 0.40 0.43

V06 25 4 28% 0 2.00 5.50 5.40 262 272 89 86 32 31 0.44 0.42

V07 15 4 60% 0 2.00 4.60 4.60 332 348 93 89 37 36 0.41 0.38

V08 25 4 60% 0 2.00 4.90 4.90 333 371 104 100 41 41 0.43 0.42

V09 15 2 28% 0 1.08 2.70 2.60 228 170 42 38 23 21 0.31 0.29

V10 25 2 28% 0 1.08 2.80 3.00 195 207 43 46 23 25 0.31 0.31

V11 15 2 60% 0 1.08 2.40 2.50 230 209 41 43 25 26 0.27 0.31

V12 25 2 60% 0 1.08 2.70 2.70 233 261 57 54 24 32 0.35 0.35

V13 15 4 28% 0 1.08 5.60 5.40 414 414 110 116 30 32 0.39 0.41

V14 25 4 28% 0 1.08 5.50 5.50 414 414 118 120 32 33 0.43 0.42

V15 15 4 60% 0 1.08 4.80 4.70 412 414 135 123 40 37 0.48 0.38

V16 25 4 60% 0 1.08 4.80 4.90 414 414 127 120 38 36 0.42 0.40

THK FPeak FMean  SEA CFE 

[mm] [kN] [kN] [kJ/kg] [-]

R Nlay AFR ALPH AR THK FPeak FMean SEA CFE

[mm] [-] [%] [°] [-] [mm] [kN] [kN] [kJ/kg] [-]

V02aI 25 2 28% 10 2.00 3.10 57 43 29 0.76

V02aII 25 2 28% 20 2.00 3.00 51 34 24 0.67

V04bI 25 2 60% 10 2.00 2.50 71 44 33 0.62

V04aII 25 2 60% 20 2.00 2.60 44 30 24 0.68

V06aI 25 4 28% 10 2.00 5.40 111 81 29 0.73

V06aII 25 4 28% 20 2.00 5.30 113 89 32 0.78

V08bI 25 4 60% 10 2.00 4.80 144 109 44 0.76

V08bII 25 4 60% 20 2.00 4.80 129 97 38 0.76

V10aI 25 2 28% 10 1.08 3.00 69 48 26 0.70

V10aII 25 2 28% 20 1.08 2.90 59 39 21 0.66

V12aI 25 2 60% 10 1.08 2.70 70 46 26 0.65

V12aII 25 2 60% 20 1.08 2.60 61 35 20 0.58

V14aI 25 4 28% 10 1.08 5.50 156 111 30 0.71

V14bII 25 4 28% 20 1.08 5.50 149 111 30 0.75

V16bI 25 4 60% 10 1.08 4.80 144 112 34 0.78

V16bII 25 4 60% 20 1.08 4.70 134 94 29 0.70
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Due to highly localize stresses at the beginning of 

deformation, the peak load drops and therefore CFE 

increases under off-axial loading (Fig. 6). The affect 

is obvious for loading under 10 deg in comparison 

with axial results. It does not become significantly 

higher for higher loading angles of 20 deg. 

 
Fig. 6:  CFE for non-axial impact under 10 and 20 deg 

normalised to values of axial tests 

5 Parameter identification 

5.1 Axial Impact 

To develop an understanding of the effect of base 

parameters (R, AR, AFR and NLay) on crash 

performance a first-order model containing 

interaction terms was fitted to the experimental data 

see Eq. 6.  

Herein   are the predicted responses,   are the 

parameters,    are the fitted coefficients and       

are index variables. All calculations were performed 

with parameters standardized to [-1;1]. This enables 

direct comparison of the parameters’ effects on the 

governing variable. Response variables were mean 

force and peak load. This was done since in 

automotive design the forces are much more 

common in evaluation of crash performance then the 

derived measures. Furthermore the interpretation of 

those primary results avoids unnecessary complexity 

compared to deduced parameters as SEA or CFE. 

Quality measures for all analysed configurations are 

summarised in Tab. 7. T-statistics and normalised 

coefficients for FMean and FPeak model in base 

configuration are shown in Fig. 7.  

Tab. 7:  Quality meausures     
  and F0 lack of fit for all 

discussed configurations, axial and non-axial 

loadcase 

 

The chosen linear approach is valid for the model 

describing FPeak, but not for FMean.  

It is obvious that out of the base parameters NLay, 

AR and AFR are significantly influencing FPeak as 

well as FMean. R is only marginally influencing the 

loads in the parameter range tested. Moreover the 

interaction term AR x THK is significant. This 

corresponds to results of previous studies by Farley 

[24] and Palanivelu et al. [11], where interactions 

were shown between wall thickness and structures 

dimension. This interaction is mostly described as 

t/D-ratio. 

Varying the number of braided layers alters three 

main properties of the structure. Those are wall 

thickness, relative thickness of single layer with 

respect to wall thickness and the number and 

distribution of regions sensitive to interlaminar 

failure. Substituting NLay by THK in the model and 

analysing the resulting t-statistic and coefficients, it 

can be seen that neither ratios between coefficients, 

nor significances are changed (Fig. 8). Thus it can be 

R² adj F0 LOF R² adj F0 LOF

Base 99% 0.79 98% 3.71

THK vs. Nlay 97% 2.36 97% 6.33

Rax vs. AFR 98% 0.70 98% 2.58

TD vs. AR 98% 2.06 98% 2.96

R² adj F0 LOF R² adj F0 LOF

Base 88% 32.99 94% 3.29

THK vs. Nlay 90% 47.65 97% 1.74

Rax vs. AFR 90% 47.60 97% 1.66

TD vs. AR 90% 47.12 98% 1.48

FPeak FMean

FPeak FMean
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concluded that in the present study the main effect is 

the alteration of wall thickness (THK). 

 

 
Fig. 7:  T-statistic and coefficients for base-

configuration, axial loading 

It is known, that the axial fibre fraction alters 

compressive strength and stiffness of a laminate. So 

AFR is compared to compressive strength of the 

laminate gained from coupon tests. As discussed the 

laminate properties vary with the face of the profile 

from which the coupon has been taken. That is why 

an estimate of effective compression strength of the 

structure was calculated (Rax). It is based on the 

assumption that the individual faces of the profile 

behave like parallel springs with different stiffness 

and strength, respectively. Rax is thus calculated by 

Eq. 7.   

   
  

    

 
  

  
    

 
  

  
   

 
 
  

    
 

 
 (7) 

Where   and   are the side lengths of the profile,   

its circumference and   
  and   

  the compressive 

strengths of the slender and wide side, respectively.  

 

 
Fig. 8:  T-statistic and coefficients for THK vs. NLay 

configuration, axial loading 

Incorporating Rax in the model by substituting AFR 

t-statistic and coefficients are resulting as shown in 

Fig. 9. Whilst the significant parameters of the 

previous analyses are the same, an additional 

interaction term – THK x    
  becomes relevant. 

This term can be interpreted as a scaling of strength 

measured on coupons with NLay = 3 to the wall 

thickness of each specimen. It must be taken into 

account that parameters are correlated to a force 

while    
  is a strength, see Eq. 8. 
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Fig. 9:  T-Statistic and coefficients for Rax vs. AFR 

configuration, axial loading 

A measure which is often studied due to its known 

influence on specific energy absorption is the ratio 

of wall-thickness and cross-sectional dimension, 

t/D-ratio (TD). In the present study TD is defined as 

the ratio of wall-thickness and the smaller of the two 

side-lengths. Essentially, TD relates the strength and 

stability of the laminate to the overall dimensions. 

Due to the fact that a chamfered trigger is used and 

no stability failure occurred during tests, a 

correlation between TD and FPeak could not be 

estimated. Based on the strong correlation found in 

other studies between TD and SEA a visible effect 

between TD and FMean would be expected. 

Statistical correlation shows that this assumption is 

true in terms of FPeak. TD is not a significant 

parameter in contrast to the substituted AR. For the  

FMean-model TD does not provide additional 

information to the studied parameter combination 

compared to AR, leading to a nearly unchanged 

model (see Fig. 10). 

 

 
Fig. 10:  T-Statistic and coefficients for TD x AR 

configuration, axial loading 

5.2 Non-Axial Impact 

In all non-axial test configurations model quality in 

terms of     
  values was below values reached for 

axial loading. This is especially true for FPeak 

models. This suggests that there is generally a 

greater part of unexplained variance in the model.  

Since R was held constant and the loading angle 

(ALPH) was introduced to the model, base 

configuration changes. Base parameters are AR, 

ALPH, NLay and AFR. Fitting to this Configuration 

leads to differing significant parameters for FMean 

and FPeak (Fig. 11) compared to axial loading data. 

FPeak depends on all the four base parameters and 

the interaction term ALPH x NLay. FMean is a 

function of AR, ALPH and NLay only. As in the 
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axial load case, NLay influences both command 

variables strongly, but for FPeak ALPH is even 

more effective. This is due to localized stresses 

under non-axial loading, decreasing FPeak. 

 

 

Fig. 11:  T-Statistic and coefficients for base-

configuration, non-axial loading 

It has been discussed for axial load case, that the 

change of NLay influences not only wall thickness, 

but also the number of weak points in a laminate and 

the relative thickness of a single layer in comparison 

to wall thickness. This can be shown when 

substituting NLay by THK (Fig. 12). The models 

remain the same in the axial load case, in off-axis 

testing both models change. For FPeak the 

interaction term ALPH x THK is insignificant, 

suggesting that the corresponding interaction term 

ALPH x NLay provides more information than only 

the variation of wall thickness. The FMean model is 

complemented by AFR, AR x THK and THK x 

AFR. So the complexity of the model increases, 

without improving model quality significantly. That 

is to say that variance due to NLay is not fully 

captured by variance of THK. 

In contrast substituting AFR by Rax does not change 

the models for FPeak or FMean, so in this case the 

AFR is also capturing the compressive strength of 

the structure, as has been stated for the axial load 

case. 

Substituting TD by AR has no influence on 

significance and effect of base parameters, but leads 

to changes of significant interaction terms in the 

case of FMean. All interaction terms including TD 

became significant, whilst THK x Rax becomes 

insignificant. Base parameters of FPeak are not 

changed, but interaction terms TD x ALPH and 

ALPH x THK became significant. 

 

 
Fig. 12: T-Statistic and coefficients for THK vs. NLay 

configuration, non-axial loading 
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6 Summary 

Braided CFRP profiles with rectangular cross-

section were tested under dynamic axial and non-

axial loading. Furthermore, mechanical material 

properties for the braided profiles under in-plane 

tension and compression, as well as 3-Point bending 

and interlaminar shear were determined from quasi-

static coupon tests. The influence of geometrical 

parameters, as well as the mechanical material data 

on crash performance was then studied. Due to the 

high aspect ratio of the investigated geometries fibre 

angles varied for slender and wide side. 

Consequently mechanical properties of the slender 

side of the profile were generally higher than those 

on the wide side. The change in properties was due 

to the braiding yarns, which shifted to lower angles 

on the slender side with respect to axial direction. 

The influence of these mechanical properties as well 

as geometric variables on crash performance of 

profiles under axial loading was then studied. 

Different structural properties were varied with the 

number of braided layers. Those were the wall 

thickness, the relative thickness of a ply with respect 

to wall-thickness and the number of regions prone to 

delamination. Out of those three it could be shown 

that in the present study the wall thickness covered 

the same variance as the number of braided layers. 

Further, it was found that changing the axial fibre 

ratio has the same effect on mean crushing force and 

peak load as on change of axial compressive 

strength. The t/D-ratio, here defined as wall-

thickness to slender side of the profile, corresponded 

to the aspect ratio for the mean load, however 

correlation with peak load was poor. In addition 

interaction terms aspect ratio x wall-thickness and 

wall-thickness x compressive strength of the profile 

became significant. This suggests that t/D provides 

less information on the variance of data than aspect 

ratio. 

SEA and CFE changed for loading under 10deg and 

20deg. Whilst under non-axial loading with an angle 

of 10 deg the SEA was nearly the same as in axial 

load case, it dropped by 13% when impact angle 

increases to 20 deg. Concerning CFE an increase 

when loading under 10 deg instead of 0 deg was 

found, but there was no further improvement for 

higher impact angles. The increase of CFE may have 

resulted from highly localized stresses at the 

beginning of deformation under non-axial loading.  

Statistical analyses of non-axial tests showed 

significant changes in analytical models compared to 

axial models. In particular the effect of the number 

of braided layers was found to be different. Whilst 

under axial loading this parameter was 

interchangeably with the wall thickness, this was not 

the case under non-axial loading. This suggests that 

additional effect may influence off-axis impact, 

however, due to a limited database this could not be 

clarified. Further studies should aim to study this in 

more detail, for example by varying number of 

layers in a wider range. Further, interactions 

between variables should be the object of further 

investigations. The goal should be the ability to 

predict SEA and failure mode using laminate 

properties and profiles geometry only to enable 

analytical optimization of such structures in an early 

design phase. 
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1 Introduction  

A natural protective covering such as the skin or the 
shell is a multifunctional design providing an 

animal's first line of defense against all the 

hardships, site of the sense of touch and the optical 

colour appearance. To maximize survivability, the 
evolution of skin coverings of pangolins and fishes 

with a flexible multilayer of overlapping tough 

scales, provides a protective layer against numerous 
environmental threats (i.e. complex mechanical 

stresses, wear, moisture), together with mechanical 

support, and other multiple sensing purposes. The 
smallest building blocks in many nature materials 

are generally on the nanometer length scale, which is 

selected to ensure optimum strength and maximum 

tolerance of flaws [1]. Besides strong and resilient, 
the multiple nanostructured layers of nacreous shells 

create structural colours, appearing iridescent 

without the use of pigments [2,3]. 
It provides us with inspiration to develop organic–

inorganic nanostructured composite surfaces for 

enhanced durability and additional functions of 
traditional materials. Research in this area has 

progressed so fast, e.g., nanocomposites with 

maximum tolerance of flaws [1], solid lubrication 

coatings [4], smart responsive skins [5], human–like 
sensing materials [6] and coloured polymer films 

[7]. While most of the studies are devoted to bulk 

solids, thin films or powders, the functionalization of 
traditional fibres (i.e., the most commonly used for 

reinforcements: glass fibres) or composite 

interphases are now drawing more and more 

attention from interdisciplinary fields. To develop 
such hierarchical structures on glass fibre surface, it 

is most interesting to select the small building blocks 
on the nanometer scale, such as graphene 
nanoplatelets (GNPs). Experimentally, many 

graphene characteristics have exceeded those 

obtained in any other material, with some reaching 

theoretically predicted limits: room–temperature 
electron mobility of 2.5×10

5
 cm

2
V

–1
s

–1
; a Young’s 

modulus of 1 TPa and intrinsic strength of 130 GPa; 

very high thermal conductivity above 3,000WmK
–1

 

[8-11]. The major advantage of graphenes as sensors 
is their multi–functionality, which offers unique 

opportunities for a single device being used in 

multidimensional measurements (for example, 
strain, gas environment, pressure and magnetic 

field). The combination of transparency, elasticity 

and conductivity will find use in flexible electronics, 
protective coatings and barrier films; and the list of 

such combinations for composite applications is 

continuously growing. It has been demonstrated that 

graphite flakes thicker than one monolayer can also 
provide a significant level of reinforcement in 

composites [12]. However, nanostructured fibre 

surface with carbon particles/polymer is difficult 
because it encounters poor mixing and 

agglomeration as well as wetting problem for high 

volume fraction of the strongly hydrophobic 
particles. Compared to carbon nanotubes, it would 

be challenging for graphenes to be deposited onto 

glass fibre surface, due to the high value of specific 

surface area and layer structure of graphenes. In 
addition, recent studies have raised concerns 

regarding various chemically functionalized and 

exfoliated GNPs generally showing inferior 
thermal/electrical conductivity and mechanical 

properties [13].  Thus, their full power will only be 

realized in novel treatments, which are designed 

specifically. 
Here, inspired by the natural protective coverings, 

we report the use of graphene nanoplatelets (GNPs) 

and carbon nanotubes (CNTs) in glass fibre surface 
coatings and in turn composite interphases to 

integrate optical, mechanical and electrical 
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functionalities along the line of our recent works 

[14-16].  

 

2 Experimental  

2.1 Surface Nanostructuring Glass Fibres  

The alkali–resistant glass fibres (ARG) with an 
average diameter of 17 µm were made at our 

institute by a continuous spinning process. We used 

commercial GNPs (xGnP–M–15, XG Science, USA) 

and carboxyl functionalized multi–walled CNTs 
(NC–3101, Nanocyl S.A., Belgium) produced via 

the chemical vapor deposition (CVD) process. The 

GNPs have average thickness of 6 nm and surface 
area of 135 m

2
/g and the CNTs have average 

diameter of 9.5 nm and average length of 1.5 µm. 

We developed a simple ‘adhesion–orientation’ 
method to fabricate the GNPs/epoxy–glass fibres. 

Specifically, the single fibre initially imbedded in 

the epoxy resin/hardener mixture was drawn 

between two soft substrates where the GNPs were 
distributed in ‘dry’ stage without the need of a 

solvent, thus, the GNPs were shifted to the fibre 

surface by adhesive force and in turn the platelets 
were oriented along fibre surface direction by fluid 

deformation and friction/shear forces. Based on the 

AFM images, our initial approach achieved coverage 

rate of fibre surface by GNPs is about 20–50%, 
which could be further improved when the process is 

repeated layer by layer. To avoid complex effects 

from temperature variation, a room–temperature 
curing epoxy (UHU plus 300, UHU GmbH & Co. 

KG, Germany) was used for the GNPs coatings. The 

epoxy resins for CNTs coatings were commercial 
products DGEBA resin (EPR L20, Momentive 

Specialty Chemicals, Germany) with hardener 

EPH960. To further achieve conducting networks 

with homogeneous and continuous distribution of 
carbon nanoparticles (GNPs or CNTs) on the glass 

fibre surface, the simple dip–coating method is used. 

To avoid inferior effect to electrical conductivity 
from the conventional graphite oxide reduction 

method, we generated graphene nanoplates (GNPs) 

based on a liquid–phase exfoliation graphite method 
[17]. A stable diffusion GNPs in solution is achieved 

through the bath sonication and centrifugation 

process, where the sodium dodecyl benzene 

sulfonate (SDBS) is dissolved in Millipore water. 
Through a layer–by–layer dip coating method, 

multilayer formation of GNPs on glass fibre surface 

is realised. To deposit conducting CNT networks 

onto glass fibre surfaces, similarly, the glass fibres 
were dipped into a stabilized and individualized 

multiwalled carbon nanotube (MWCNT) aqueous 

dispersion as reported previously in detail by us 
[14,15].  

2.2 Characterization of Functional Glass Fibres 

and Composites 

The fibre surface morphologies were studied using 
atomic force microscopy (AFM, a Digital 

Instruments D3100, USA), scanning electron 

microscope (FE–SEM Ultra 55, Carl Zeiss SMT 
AG, Germany), and optical microscope (Keyence 

Corporation, VH–Z100R).  

The abrasive wear resistance of a single GNP–glass 
fibre was determined by the relative friction 

displacement (sliding between two surfaces) S, 

where it contacts and abrades over the surface of 

abrasive paper (p2500 SiC, Buehler GmbH, 
Düsseldorf, Germany) on a rotating rod up to the 

fibre breakage. Using the Favigraph semiautomatic 

fibre tensile tester (Textechno, Germany) equipped 
with a 1 N force cell, the friction force of a single 

fibre sliding over the abrasive paper on a cylindrical 

surface at angle of wrap π/2,  initial tension of 1.96 

cN, and cross velocity 1 mm/min was measured.  
The technique applied to operate and measure the 

electrical properties of a single GNP–glass fibre or 

CNT–glass fibre has been realized, in which one 
fibre bridges two electrodes with Au layer at small 

gap distances varied from 0.5 to 3.5 mm. 

Approximately, ten fibre specimens for each 
condition were measured. Four–point conductivity 

measurements were carried out with a Keithley 2000 

multimeter, to in–situ monitor the DC electrical 

resistance changes for the single CNT–glass fibres. 
In order to detect piezoresistive effects, the electrical 

resistance was recorded simultaneously when the 

mechanical tensile stress/strain was performed by 
the Favigraph semiautomatic fibre tensile tester. The 

experiments of the resistance changing with the 

temperature for the single glass fibre or the fibre 
imbedded in cured epoxy resin were carried out in a 

hot–stage (Linkam LTS350 Heating/Freezing, UK) 

from –150 
o
C to 30 

o
C with a heating rate of 1 K 

min
–1

 in a nitrogen atmosphere. The composites with 
CNT weight fraction of 1.45 wt% were used for 

cross–sectional analysis after mechanical polishing.  

ICCM19 3489



BIOINSPIRED NANOSTRUCTURED GLASS FIBRE SURFACE AND COMPOSITE INTERPHASE 

3  

 

3 Results and Discussion  

3.1 Nanostructured Surface of Glass Fibre  

We first attempted to use the ‘adhesion–orientation’ 
process to make GNPs/epoxy–glass fibres with 

bioinspired protective coverings. When a glass fibre 

was immersed into epoxy solution and drawn out, a 
string of epoxy drops formed on the fibre due to the 

Rayleigh instability [18] of the polymer solution (see 

Fig. 1). In general, the contact angle is affected by 

the surface chemistry and geometry at the contact 
line. A marginal increase in the contact angles of the 

epoxy drops on the fibre surfaces with either GNPs 

or CNTs was found, in comparison to those without 
carbon nanoparticles, which is directly related to the 

hydrophobic nature of the nanoparticles. In order to 

overcome this problem, our strategy makes use of 
the friction/shear by drawing out the fibre from 

epoxy and in turn sliding over soft substrates 

covered with thin layers of GNPs. Specifically, the 

GNPs were attached to the thin epoxy fluid under–
going a shear deformation, associated 

orientation/self–assembly processes cause the GNP 

platelets along the fibre surface. As shown in Fig.1, 
it could efficiently remove aggregated epoxy 

without drop formed. Evidence was revealed by the 

AFM phase image that highly random nano–

platelets run relatively parallel each other along the 
fibre axis resulting an anisotropic aligned surface 

covering, although the process does not introduce 

very smooth topography (Rq= 24 nm in 9  µm
2
). 

These structural features give rise to interestingly 

optical and mechanical functions as detailed below.  

The fibre coated by GNPs basically turned dark 
grey, which could be explained by the optical 

absorption of graphene layers to be proportional to 

the number of layers, each absorbing 2.3% over the 

visible spectrum [19]. It is interestingly observed 
that different colors also emerge from the fibre 

surface subjected to either sunlight or white light 

from optical microscope (Fig. 1. center). Apparently, 
such optical phenomenon is not formed by the 

interaction of light with a dye, but by the diffraction 

of light from the GNPs/epoxy layers containing the 
aforementioned quasiperiodic structure. As different 

wavelengths of light interact with this structure with 

similar length scale based on the principles of 

structural colour, they are diffracted in different 
directions, leading to the iridescences on the fibre 

surface. 

3.2 Abrasion Resistance 

The bio–inspired approaches for the manufacture of 

novel GNPs/epoxy surface structures hierarchically 
laminated on the nanometer length scale not only 

exemplify optical colour appearance, but also 

emphasize maximum tolerance of friction. To 
provide better protection against scrapes is the 

second reason for applying GNPs on fibre surface. 

We characterised the abrasion resistance of single 

glass fibres by using the friction displacement on the 
abrasive paper until the fibre breakage occurs. Fig. 

2a shows that the GNPs–epoxy systems lead to 

significant increase up to 200% in the friction 
displacement. The sample with epoxy coating, 

however, yields only about 50% improvement. To 

understand how the nanostructured coatings enhance 
wear durability, we observe the kinetic friction (or 

sliding friction) forces and their changes with 

displacement (Fig. 2b). Although both epoxy and 

GNPs/epoxy coverages enhance wear resistance, the 
friction behaviour is quite different. The friction 

force curve of control smooth glass fibres without 

any polymer coating is characterized by the lowest 
value. It shows a little increase at initial stage then 

remains approximately constant with a calculated 

coefficient of kinetic friction of 0.39. The increased 

friction force is attributed to the enhanced 
mechanical interlocking from a growing roughening 
the fibre surface with grooves, as confirmed by the 

AFM image (Fig. 2c). In contrast, the friction force 
for the epoxy coated fibre decreases monotonically 

with the friction displacement; the force curve 

reaches to the same value of that of the control one. 
The decrease stage can be understood by that 

abrasive wear occurs when the hard rough SiC 

surface slides across the softer epoxy surface. As a 

result of continuously removing epoxy by a cutting 
or plowing operation, the exposed smooth glass 

surface subjected to wear increases, causing finally 

both the friction force and the roughed fibre surface 
being very similar to the control one (Fig. 2c,d). 

Interestingly, we found a different tendency for the 

GNPs/epoxy–glass fibre system. Specifically, its 
friction force is characterized by the highest value 

during the whole range of measurement. Friction in 

general describes the resistance to being dragged or 

slid along a surface. An increase of friction force at 
the early stage is caused by increased friction 

area/contact points, implied more and more GNPs 
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being exposed and involved in the wear process. 

Subsequently, the decreased friction force is 

associated with the partly coating removal till to the 
friction displacement up to 200 mm. Apparently, the 

GNPs help to prevent the removal and deformation 

of the polymer during the subsequent passage of 
abrasive particles, so that the reduction in friction 

force strongly associated with the removal of coating 

layer is observed to significantly slow down. The 

nanostructured surface has more friction as 
compared to the control one with smooth glass 

surface. During the later stage up to a long friction 

displacement of 400 mm, the almost constant high 
friction force with a coefficient of kinetic friction  

0.49, reveals that part of GNPs/epoxy still remained 

on the fibre surface and accordingly retarded the 
wear process (Fig. 2a, c).  

The unique anisotropic structural features of 

GNPs/epoxy with further sufficiently high GNP 

loadings enable possibly the GNPs to serve as solid 
lubricant nanoparticles for optimize the three–body 

abrasive wear, promising additional interesting fibre 

and composite interphase properties. According to 
Fig.2d, the gradient anisotropic interphase caused by 

nano–reinforcements appears to affect strongly 

micro–crack propagation being far away from the 

fibre surface. Qualitatively, the nano-reinforcement 
rich interphase with enhanced mechanical properties 

protects the original weak fibre/matrix interface 

from the peak stresses caused by impact/fatigue 
loading and homogenizes stress distribution within 

the composite. These results suggest that the GNP–

glass fibres could also be attractive reinforcements 
for further making composites with a gradient 

anisotropic interphase. 

3.3 Multifunctional Sensor 

To develop a single glass fibre with multifunctional 
sensor abilities is the third reason for applying GNPs 

on fibre surface, since GNPs are extremely sensitive 

to the environment. Based on a simple layer–by–
layer dip–coating deposition method, we developed 

electrical conducting networks from either GNPs or 

CNTs on a single glass fibre (Fig. 3a). The SEM 
images show that the closely packed multilayers of 

GNPs and highly entangled MWNTs are present on 

the curved fibre surface. The interconnected both 

GNP and CNT thin networks on the glass fibre 
surface show typical thickness of a few tens to a few 

hundreds of nanometers, which create the 

conductive pathway. We conducted the direct 

electrical resistance measurement of a single glass 

fibre with functional coverings of GNPs or CNTs 
(Fig. 3b). The measured DC resistances R of the 

GNP–glass fibre and CNT–glass fibre are in the 

ranges of 10
6
–10

8
 Ω and 10

3
–10

8
 Ω, respectively. 

The electric resistance values in general increase 

with increasing of the length of the fibre 

(conductor). A large variation in resistance data is 

observed which is due to the inhomogeneous 
distribution/connection of nanoparticles on the fibre 

surface, being extremely more pronounced in the 

case of CNTs. Hence, the conducting and 
overlapping GNP layers on the glass fibre through 

the dip–coating deposition is a feasible route to 

achieving relatively uniform microstructures in 
comparison to the CNTs, despite the CNTs networks 

have apparently higher conductivity. Additional 

work is needed to validate if the GNP–glass fibres 

could be reinforcements for further making 
electrically conducting composites with smart 

functions.  

The present experiments have successfully 
documented and quantified the first steps of 

achievement of multifunctional sensing abilities. We 

investigated whether our conducting GNP–glass 

fibre is sufficient to show similar piezoresistivity for 
strain sensing as CNT–glass fibre [14,15]. The 

correlation of electrical resistance change ΔR/Ro, 

mechanical stress σ and strain ε was examined to 
evaluate the piezoresistive behaviour of GNP–glass 

fibres under stress up to fracture (Fig. 4).  We found 

that the fractional resistance increase (ΔR/Ro) of the 
fibre increases approximately linearly with tensile 

strain, which shows very similar behaviour as the 

CNT–glass fibre and can also be empirically 

described as: 

o

oR

R

GF
 




1
                                (1) 

where Ro is the initial resistance of the specimen 

without applying stress, R=R–Ro is the resistance 

change, and the parameter, o, refers to the initial 
strain for piezoresistivity effect of multilayers of 

GNPs. GF is the strain sensitivity factor (or known 
as gage factor), i.e, the relative change of resistance 

to the mechanical strain of strain gage. The GF 

determined by the regression analysis is 12.1 ( Fig. 
4a), which show no significant differences to that of 

the CNT–glass fibre but  this value is much higher 
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than those of metallic strain gages with geometrical 

piezoresistive effect with usual gage factors of 2.0–

3.2. In general, the significant resistance change of 
GNPs on our glass fibre surface can be attributed to 

not only the stress dependent resistivity of the GNP 

geometrical structure, but also the stress dependent 
change of GNP–GNP interspace, contact area and 

density (junction point per unit volume), as well as 

associated tunneling resistance. It should be noted 

that only below the very small strain level, o ≈ 
0.1%, the GNP structure could not be changed 
recognizably and the main part of GNPs on fibre 

surface does not undergo mechanical stress. In other 

words, the onset strain for piezoresistivity effect is 

extremely low in comparison with other sensors, so 
that the single GNP–glass fibre has high sensitivity 

even under small strain level. It is also important to 

notice that the final abrupt change in resistance at 
fibre break implies that the single GNP–glass fibre is 

able to in–situ sensing of damage in real composites 

at micrometer scale. As a single sensor, the glass 
fibres with either conducting GNPs or CNTs achieve 

a basic ability for possibly multifunctional 

composites. 

Further insight into our fibre sensing ability was 
gained from the response to moisture and its phase 

transition. The single fibre sensor based on 

monitoring of resistance change by scanning 
temperature from +30° C to –150° C. Overall, the 

nanostructured glass fibre and its epoxy matrix 

composites show an inversely proportional 
relationship of the electric resistance with the 

temperature and strain (Fig. 5). A negative 

temperature coefficient (NTC) effect was found, 

where ΔR/Ro decrease with increasing temperature, 
exhibiting a rather non–metallic behaviour. The 

negative electrical temperature coefficient β can be 

computed using the following formula: 

                  bT
R

R

o




                              (2) 

where b is the parameter of y–intercept. Importantly, 

the absorption of water vapor as a result of ambient 
humidity at temperatures close to freezing 

conditions leads to a specific non–monotonous 

temperature dependence of the resistance. As the 

temperature decreases, intensive precipitation of the 
water vapor results in an increase in the resistance of 

GNPs and CNTs due to the adsorption of polar water 

molecules with the carbon networks, which are 

slightly negatively charged. Since GNPs and CNTs 

usually exhibit a hole transport like p–type 

semiconductor, the adsorbed water molecules 
transfer electrons to them and in turn deplete the 

concentration of holes, resulting in an increase of 

resistance. Besides, water molecules being adsorbed 
on the GNP and CNT surfaces create bi–layer, 

suppressing current flow through GNPs and CNTs 

and increasing resistance. Upon reaching the 

maximum peak values (–18 
o
C and –5

o
C for the 

GNPs and CNTs, respectively) below the freezing 

point, a slow decrease in resistance occurs, 

corresponding to possibly delayed extensive 
formation of an ice layer. The very thin ice layer is a 

non–polar that surrounds the carbon surfaces and 

results in a decrease in resistance. In general, certain 
properties (i.e. freezing/melting points) of the 

medium during a phase transition change as a result 

of some external condition, such as temperature, 

pressure, and others. The usual feature of water is 
related to ice having a lower density than liquid 

water. We consider the moisture diffusion in the 

GNPs layers, where the higher pressure arising from 

the compacted and staggered layer structure drives 

the water molecules into the higher density phase or 

confines the water molecules making expansion to 
ice difficulty. This might cause the apparently delay 

of ice layer build–up. Since the detection occurs on a 

molecular level, interesting properties which are not 
observed in bulk materials are expected. The 

detection of ice formation with a thin layer of 

molecules is made without any significant ice 

accumulation, which is a significant improvement 
over conventional ice sensors. A further advantage is 

that the composites fabricated with the functional 

fibres exhibit self–diagnosis function as materials 
found in nature checking for moisture/ice 

accumulation with respect to long–term storage and 

environmental change, for example, warning ice 
buildup on a plane's wing.  

4 Summary  

The bio–inspired multifunctional single glass fibre 

sensor is achieved. First, the ‘adhesion–orientation’ 
or dip–coating approaches are simple and effective 

processes for the formation of a mechanical 

protective layer or an electrically semiconducting 
GNP or CNT network layer on a single glass fibre 

surface. Second, the nanostructured surface layer 

serves distinct and multifunctional roles. The novel 
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GNPs/epoxy surface structures hierarchically 

laminated on the nanometer length scale not only 

exemplify optical quasiperiodic colour appearance, 
but also highlight maximum tolerance of friction. 

Third, bring traditional reinforcement materials and 

nanomaterials together, the GNP–glass fibre or 
CNT–glass fibre can be used as a single sensor 

device in multidimensional measurements. As in situ 

multifunctional sensors, both fibres show 

stress/strain, temperature, and moisture dependence 
in their electrical conductivity; they are capable of 

detecting piezoresistive effects, very small amount 

of water vapor, as well as its phase transition. The 
single GNP–glass fibre shows a higher sensitivity 

than the CNT–glass fibre. Since a large market 

exists in bringing extra functionality to composites, 
the nanostructured surface and interphase with high 

sensitivity to environmental factors suggest that their 

full power will be realised more rapidly in novel 

functional composite applications. 

Acknowledgment 

The authors acknowledge the German Research 

Foundation (DFG) for funding within priority program 

SPP 1369 "Polymer-Solid Contacts: Interfaces and 

Interphases". 

References 

[1] H.J. Gao, B.H. Ji, I.L. Jager, E. Arzt and P. Fratzl 

“Materials become insensitive to flaws at nanoscale: 

Lessons from nature”. PNAS, Vol. 100, No. 10, pp 

5597–5600, 2003. 

[2] Y. Thomas “Experimental Demonstration of the 

General Law of the Interference of Light”. 

Philosophical Transactions of the Royal Society of 

London 94, 1804. 

[3] “Iridescence in Lepidoptera”. Photonics in Nature 

(originally in Physics Review). University of Exeter, 

1998.  

[4] J.H. Wu, B.S. Phillips, W.P. Jiang, J.H. Sanders, J.S. 

Zabinski and A.P. Malshe “Bio–inspired surface 

engineering and tribology of MoS2 overcoated cBN–

TiN composite coating”. Wear, Vol. 261, pp 592–

599, 2006. 

[5] D.J. Lipomi, M. Vosgueritchian, B.C.K. Tee, S.L. 

Hellstrom, J.A. Lee, C.H. Fox and Z.N.Bao “Skin–
like pressure and strain sensors based on transparent 

elastic films of carbon nanotubes”. Nature 

Nanotechnology , Vol. 6, pp 788–792, 2011. 

[6] K. Cherenack, C. Zysset, T. Kinkeldei, N. 

Münzenrieder and G. Tröster “Woven electronic 

fibres with sensing and display functions for smart 

textiles”. Advanced Materials, Vol. 22, pp 5178–

5182, 2010. 

[7] C.E. Finlayson, P. Spahn, D.R.E. Snoswell, G. Yates. 

A. Kontogeorgos, A.I. Haines, G.P. Hellmann and 

J.J. Baumberg “3D Bulk Ordering in Macroscopic 

Solid Opaline Films by Edge–Induced Rotational 

Shearing”.  Advanced Materials, Vol. 23, pp 1540–

1544, 2011. 

[8] A.S. Mayorov, R.V. Gorbachev, S.V. Morozov, L. 

Britnell, R. Jalil, L.A. Ponomarenko, P. Blake, K.S. 

Novoselov, K. Watanabe, T. Taniguchi and A.K. 

Geim “Micrometer–scale ballistic transport in 
encapsulated grapheme at room temperature”. Nano 

Letter, Vol. 11, pp 2396–2399, 2011. 

[9] C. Lee, X.D. Wei, J.W. Kysar and J. Hone 

“Measurement of the elastic properties and intrinsic 

strength of monolayer graphene”. Science, Vol. 321, 

pp 385–388, 2008. 

[10] A.A. Balandin “Thermal properties of graphene and 

nanostructured carbon materials”. Nature Materials, 

Vol. 10, pp 569–581, 2011. 

[11] K.S. Novoselov, V.I. Fal`ko, L. Colombo, P.R. 

Gellert, M.G. Schwab and K. Kim “A roadmap for 

grapheme”. Nature, Vol. 490, pp 192–200, 2012.  

[12] R. J. Young, I. A. Kinloch, L. Gong and K.S. 

Novoselov “The mechanics of grapheme 

nanocomposites: a review”. Composite Science and 

Technology, Vol.72, pp 1459–1476, 2012. 

[13] M.Z. Cai, D. Thorpe, D.H. Adamson and H.C. 

Schniepp “Methods of graphite exfoliation”. Journal 

of Material Chemistry, Vol. 22, pp. 24992–25002, 

2012.  

[14] S. L. Gao, R. C. Zhuang, J. Zhang, J. W. Liu and E. 

Mäder “Glass fibre with carbon nanotube networks as 

multifunctional sensor”. Advanced Functional 

Materials, Vol. 20, pp 1885– 1893, 2010. 

[15] J. Zhang, J. W. Liu, R. C. Zhuang, E. Maeder, G. 
Heinrich and S. L. Gao “Single MWNTs–glass fibre 

as strain sensor and switch”. Advanced Materials, 

Vol. 23, pp 3392– 3397, 2011. 

[16] J. Zhang, J. W. Liu, R. C. Zhuang, E. Mäder, C. 
Scheffler, G. Heinrich and S. L. Gao “Sensing 

polymer transitions by ultrathin carbon nanotube 

networks”.  Submitted. 

[17] Y. Hernandez et al. “High–yield production of 

graphene by liquid–phase exfoliation of graphite”. 

Nature Nanotechnology, Vol. 3, pp 563–568, 2008. 

[18] L. Rayleigh “On the instability of jets”. Proceedings 

of the London mathematical society. Vol. 10, pp 4- 

13, 1878. 

[19] F. Bonaccorso, Z. Sun, T. Hasan and A.C. Ferrari. 

“Graphene photonics and optoelectronics”. Nature 

Photonics, Vol. 4, pp 611–622, 2010.  

ICCM19 3493



BIOINSPIRED NANOSTRUCTURED GLASS FIBRE SURFACE AND COMPOSITE INTERPHASE 

7  

 

 

 

 

 
 

 
Fig. 1. Optical microscopic observation of epoxy drops (left) and friction/shear introduced functional coverings 
of GNPs/epoxy on a glass fibre (center, scale bars, 20 µm). AFM phase image indicate the randomly distributed 

GNPs in parallel to fibre surface that are favorable for enhanced wear resistance (right, scale bars, 200 nm). 
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Fig. 2. (a) The friction displacement, S, of a single 
glass fibre over the surface of abrasive paper up to 

fibre breakage, shows that the epoxy/GNPs lead to 

significant increase up to 200%, and  the epoxy 
coating would yield about 50% improvement. Insert: 

schematic drawing of the measuring system. (b) the 

force of kinetic friction, fk, versus friction 
displacement, δ, revealing the removal of epoxy 

coating layer or residues of epoxy/GNPs during 

friction compare to the control glass fibre. Data 

represent mean (+s.d.).   
(c) Comparison of the AFM phase images of the 

glass fibre surfaces after sliding wear against the SiC 

paper for the control, the epoxy coated and 
GNPs/epoxy systems.  Deep 'groove' like surface 

indicates abrasive wear over glass surface. (d) Crack 

tended to propagate away from the CNTs–rich 
interphase of CNTs–glass fibre reinforced epoxy 

model composite.  
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Fig. 3. (a) Schematic representation of electrical resistance measurement of a single glass fibre with functional 

coverings of GNPs or CNTs. SEM images of GNP and CNT networks in the scope of tens to hundreds of 
nanometres deposited onto glass fibre substrate from an aqueous dispersion (scale bars, 400 nm). The electrical 

resistance R versus the length L of (b) GNP–glass fibres and (c) CNT–glass fibres. 
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Fig. 4. The fractional resistance increase ΔR/Ro (blue) and linear regression (grey line) of an individual single 

GNP–glass fibre during uniaxial tensile stress (dashed line) up to the fibre fracture. 

 
Fig. 5. Dependence of the fractional resistance increase ΔR/Ro with temperature for an individual single GNP–

glass fibre or CNT–glass fibre in N2 or epoxy resin (Insert). Without the non–monotonous temperature 

dependence of the resistance, the line (Insert) with almost linear relationship makes a hint of “water free” 

composite interphase during storage.  
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1 Introduction  

Modelling damage growth under compressive 
loading is of great interest in many composite 
applications such as bolted joints, crash structures or 
even during impact loading. Damage models 
currently available (cohesive elements or ply 
damage models) make it possible to account for the 
energy dissipated by fracture. However, the 
frictional energy spent on fractured surfaces is often 
not included. 
 
In the literature [1,2], models combining friction and 
damage have been developed to model the cohesive 
fracture of interfaces in composites or masonry 
work. Friction is added either after damage is fully 
developed or from the initial state, i.e. even during 
the elastic behaviour. These approaches correspond 
to two limit behaviour. Physically, friction builds up 
as new crack surfaces are created. The combination 
of damage and friction is therefore a continuous 
process. Ragueneau et al. [3] proposed a model for 
concrete where a frictional shear force grows 
linearly with a damage variable, characterising the 
state of damage.  
 
The present contribution introduces a traction 
separation law which combines the effect of both 
damage and friction. The model is developed in a 
general 3D framework which makes it applicable to 
ply failure (fibre and matrix dominated failure 
modes) and to interlaminar failure.  
 
To validate a simple experimental investigation on 
the crushing of a wedge specimen is designed. 
Typical crushing experiments are performed on 
multi-directional tubes [4] or corrugated specimens 
[5,6]. These designs, which are aimed at studying 
practical stacking sequences and to prevent buckling 
during crushing, are however difficult to use for 

model validation. The sequence of event during 
failure is intricate with damage in plies with 
different orientation interacting. The circular or 
corrugated shapes are an added difficulty which may 
shadow over some of the material model features.  
The experiments presented here are an attempt to 
trigger crushing on a simplified geometry and layup, 
by using short unidirectional specimen with a wedge 
as initiator. 

2 Model description 

2.1 Framework  

The present model looks at damage propagating in a 
given fracture plane, either well defined between 
two plies or at any orientation within a ply. In a 
general sense, two components of the traction vector 
(normal and shear) can be defined on that plane, as 
seen in Fig.1. 

 
Fig.  1. Normal and shear tractions acting on an 

arbitrarily oriented plane 

For fibre reinforced plastics, fracture in 
compression, either along or transverse to the fibre 
direction, is often shear dominated. Therefore the 
present model assumes that only the shear tractions 
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acting on the fracture plane are affected by damage 
and friction. 
 

2.2 Model development 

2.2.1. Elastic 

The traction separation law has an initial elastic 
behaviour. The components of the traction vector are 
calculated by rotating the stresses in potential 
fracture planes. For the case of matrix failure, focus 
of this contribution, the planes are those rotated 
around the 1-axis in Fig. 1. 

2.2.2. Initiation  

From the elastic calculations, a failure index is 
calculated using Eq. 1 �������� + ������� (1) 

with ST and SL being the transverse and longitudinal 
shear strengths. The model is here developed only 
for compressive damage, i.e. σN<0. If σN>0 the 
behaviour is assumed to remain elastic. 
The angle of the fracture plane for which Eq. 1 is 
satisfied is stored in memory and remains fixed 
during damage growth. 

2.2.3. Propagation 

During damage growth, the shear component, τ, is 
assumed to have two components, similar to the 
assumption taken in [3]: (i) a component associated 
with damage growth and (ii) and a frictional shear 
component. 
The damage variable d reduces the nominal 
tractionτ  according to Eq. 2. Note again that only 
the shear tractions are affected.  

τ damage = (1 - d)τ (2) 
The evolution of the damage variable follows 
previous model [7] and corresponds to a linear 
softening of the τ damage. 

� = 1 − ��� � �� − ��� − ��	 (3) 

where γ� is the strain at damage initiation and γ�	is 
the final separation strain, which is function of the 
fracture toughness Gc as �� = 2 ������ (4) 

 
with τ� the shear stress at damage initiation. lc is a 
length (typically dimension of a finite element) 
introduced to convert a traction separation law into  
stress strain relationship see [7] for details. 
 
A frictional shear stress following a Coulomb law is 
defined in Eq. 5.  

τfriction =  µ.(σN –p0) (5) 
The vector p0 is introduced to account for 
compressive residual stresses built up around the 
fibres during curing. The identification of this 
parameter is detailed later on. 
To ensure a correct unloading and reloading 
behaviour, the evolution of friction is governed by a 
flow rule and standard Khun-Tucker conditions. 
The resultant nominal stress is then given by Eq. 6 

τ  = τ damage + d. τfriction (6) 

2.2.4. Pressure 

Fig. 2 shows the shear responses for different levels 
of compressive normal stresses and with a friction 
coefficient of 0.3. In this example, the shear strength 
is set to 100 MPa and it can be seen that for the three 
pressure levels the maximum shear stress allowable 
increases with pressure. The fracture toughness, 
controlling the evolution of damage, is kept constant 
for the three curves. Therefore, the changes in the 
softening part of the curves are a consequence of 
friction alone. Once the damage variable reaches 
one, only friction remains, which corresponds to the 
constant part of the curves. 
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Fig. 2. Effect of the pressure on the shear response 
for µ = 0.3 

2.2.5. Mixed mode 

The model is formulated to account for different 
behaviour in shear in the longitudinal and transverse 
direction. Fig.  3 shows the shear responses for pure 
longitudinal, pure transverse and mixed mode 
loading. In this figure, the standard linear softening 
response is shown for a case where the coefficient of 
friction µ is set to 0. 
 
The evolution of the damage variable in the L-T 
plane is assumed to be isotropic. Similarly, specific 
and different values can be attributed to the 
components of the vectors µ and p0 in the transverse 
and longitudinal directions. It has been shown in [8] 
that the coefficient of friction are not equal in these 
two directions, however they are taken equal for 
simplicity. 
 

 

Fig.  3. Shear response under mixed loading for       
µ = 0 and µ = 0.3 

 
4 Model Identification 

Besides elastic properties, the parameters required 
for the model can be subdivided in three categories: 
(i) strength properties, (ii) damage properties and 
(iii) friction properties. In the experimental and 
numerical studies presented below, a carbon epoxy 
system MTM57/T700 has been used and the 
properties for this material are summarized in Table 
1. 

Table 1. Material properties for MTM57/T700 

Elastic Properties 
E11 (GPa) E22 (GPa) G12 (GPa) ν12 ( ) ν23 ( ) 
128 7.9 3 0.3 0.4 
Strength Properties 
SL (MPa) ST (MPa)    
50 50    
Damage Properties 
GIIc 

(kJ/m2) 
    

1.2     
Friction Properties 
P0 (MPa) µ () k (GPa)   
75 0.3 3   
 
The elastic and strength properties are given from 
the manufacturer. The remaining properties are 
calculated from a cyclic shear response test. Fig. 4 
shows the identification of the shear response with 
experimental longitudinal shear tests from [9] (Note 
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that in [9] the cyclic tests are performed on an 
MTM57/E-glass system, but it is also shown there 
that this system and MTM57/T700 have the same 
behaviour for strain under 10%). The schematic in 
Fig. 4b described the different stages during a cyclic 
loading.  
 
After damage initiation, the nonlinear response is the 
result of the decreasing elastic traction due to 
damage growth and an increasing frictional shear 
component – stage 1 – which magnitude is a 
function of the instantaneous damage variable d and 
of the frictional force, i.e. the product µ.p0. 
Unloading after damage initiation is first through 
stick behaviour with a contact stiffness k – stage 2 – 
then through elastic slip with a stiffness d.G – stage 
3. 
 
By matching the stiffness during stage 2, the contact 
stiffness k is identified. The evolution of the damage 
variable d as a function of strain is calculated from 
the stiffness in stage 3 at several unloading cycles. 
Once the damage variable is defined, the product 
µ.p0 is identified from stage 1. 
 

(a) 

 
 
 
 
 

(b) 

 
Fig. 4. (a) Shear response for MTM57/T700, 

experimental from [9] on MTM57/E-glass; (b) 
schematic of the cyclic response.  

5 Crushing of a 90˚ wedge specimen 

As mentioned in the introduction, the purpose of the 
tests performed is to validate the material model. 
Therefore, care has been taken to develop a 
specimen as simple as possible so that any 
uncertainty regarding the loading conditions or 
geometrical features can be removed. Furthermore, a 
unidirectional layup is chosen to isolate the damage 
mechanisms at a single ply level. The setup and a 
schematic representation are given in Fig. 5a and b, 
respectively. The specimens are made of a 
MTM57/T700 carbon epoxy system, manufatured in 
an autoclave according to the manufacturer 
recommendations, with a 90˚ layup. The specimens 
are then cut to dimensions using a band saw and one 
end is chamfered at an angle of 10˚. 

The specimens are then clamped between two metal 
plates over a length of 12 mm, leaving 4 mm for 
crushing. Support and specimens are then placed 
during to loading plate, and crushing takes place at a 
quasi-static rate of 0.1 mm/s. 
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FRICTION WITH DAMAGE

(a) 

(b) 

 

Fig. 5. (a) Experimental setup; (b) schematic of the 
setup with dimensions in mm.  

Fig. 6a and b show the specimen sidewise during 
loading. Because of the sharp wedge damage 
initiates early in the test. Besides the rather short 
gauge length, the specimens show some bending as 
the chamfer is being consumed. Eventually, a matrix 
crack forms across the specimen at an angle of 
approximately 40˚ to the loading direction (joining 
the low side of the wedge to the opposite side of the 
specimen close to the support). 
 
 
 
 
 
 

(a) (b) 

  
(c) (d) 

  
Fig. 6. (a) Experimental setup; (b) schematic of the 

setup with dimensions in mm. 
 
Loading proceeds until the 4 mm available are fully 
crushed and the final fracture morphology is shown 
in Fig. 7a. Note that the specimen is unloaded in this 
figure. The first main matrix crack shown in Fig. 6a 
is clearly visible in this figure. The central top of the 
specimen, which initially corresponded to low end 
of the specimen, shows extensive crushing, with a 
large accumulation of microcrack. Material from this 
area might have been removed in the form of debris. 
The initial wedge corresponds to the top left part of 
the specimen in Fig. 7a, and it can be seen that it is 
fractured in two pieces by a matrix crack. The 
bottom part of the specimen (above the support) is 
characterised by a double sided wedge formed by 
the initial matrix crack from Fig. 6a and a 
complementary crack. The region within the wedge 
appears to be rather undamaged. 
 
Only two specimens have been tested, but the 
fracture topologies and global responses are 
consitent. Applied strain versus stress curves are 
shown in Fig.  8. One test was interupted at the 
maximum load and the second when a 50% load 
drop occurred. The response appears to be linear 
initially, before reaching a constant load level and 
eventually a sharp load drop.  
 
Even though the response appears initially linear, the 
wedge is being crushed and the material behaves 

4
16

≈10˚

4 mm 

2 mm 2 mm 

1 mm 
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highly nonlinearly. The constant stress level is 
reached when the wedge is fully consumed, i.e. 
when the loading plate reaches the low end of the 
wedge and the drop in load occurs when the matrix 
crack crossing the specimen is formed. 
 
(a) 

 
(b) 

 
 
 
Fig. 7. (a) Experimental setup; (b) schematic of the 

setup with dimensions in mm. 
 
 
6 FE modelling 

A 3D finite element (FE) model of the experimental 
setup has been developed. The specimen is modelled 
using quad elements with reduced integration 
(C3D8R in Abaqus). The mesh size is arbitrarily 
chosen to 0.1 mm to capture the geometrical features 
(including the wedge) with high fidelity. The 
support is not physically represented and instead 
clamped boundary conditions are applied to the 
lower part of the model. The loading plate is 
represented as a rigid body and the contact between 
the specimen and plate is accounted for with a 

general contact including friction. A study on the 
coefficient of friction between plate and specimen 
showed that it had only a small effect on the global 
response. A value of 0.15 is therefore chosen. 

The material model developed in Section 2 is 
implemented in a Fortran user subroutine for the 
commercial finite element package Abaqus/Explicit.  

A baseline model using the material data given in 
Table 1 is first studied. The damage variable during 
crushing is given in Fig. 6c and d, corresponding to 
the experimental pictures in Fig. 6a and b. As in the 
experiments, the model predicts first the crushing of 
the specimen and a slight bending. Once the loading 
reaches the low end of the wedge, the model predicts 
that top left side of the specimen (Fig. 6d) is 
damaged with a boarder lying at 40˚ to the loading 
direction. Compression is applied further on the 
model and the state of damage is shown in Fig. 7b. 
On the contrary to the experiments, the FE model is 
shown loaded. The same features as in the 
experiments are predicted by the model, with a top 
part severely damaged and a bottom part forming a 
double sided wedge being undamaged. 

In terms of global response, the prediction by the FE 
model is shown in Fig.  8 with the label (GIIc = 1.2 
kJ/m2). The slope up to the maximum is well 
predicted. It is reminded that this slope is mainly 
dependent on damage growth. The model predicts 
also well the level of the plateau, considering the 
experimental scatter. 

 
Fig.  8. Crushing of wedge specimen. 
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7  

MODELLING COMPRESSIVE DAMAGE IN  CFRP: COMBINING 
FRICTION WITH DAMAGE

The main feature of the model being the coupling 
between damage friction, a parameter study is 
performed on the fracture toughness, governing the 
evolution of damage, and the coefficient of friction, 
controlling the magnitude of the friction force. The 
results are shown in Fig.  8 and Fig.  9. 

Three values of fracture toughness are investigated. 
It is shown that increasing the fracture toughness 
results in both an increase in load level at the 
plateau, but also an increase in the initial slope. A 
similar effect is observed when the coefficient of 
friction is changed. However, the coefficient of 
friction has a more pronounced effect on the slope 
than on the plateau load level, while the fracture 
toughness affects more the load level than the slope. 
 

 
Fig.  9. Crushing of wedge specimen. 

 
7 Numerical difficulties 

Modelling crushing is difficult using traditional FE 
tools as the processes involved are highly nonlinear 
and the material is subject to large deformation. In 
the case of composites, the damage process means 
that elements loose stiffness in a given direction and 
are therefore prone to excessive distortion. Most FE 
software have in-built functions which are meant to 
prevent these large distortion and to ensure that the 
Jacobian of the element will remain positive. These 
schemes are in particular useful when reduced 
integration elements are used, to prevent 
hourglassing phenomena.  

The drawback of these methods is that when large 
deformations are actually occurring, as in crushing, 
the numerical method introduces a spurious energy 
which, amongst others, affects the global response.  

Fig.  9 shows the ratio between numerical (spurious) 
energy and strain energy. For an analysis to be valid 
this ratio should be as close as possible to zero and 
not more than 5%. It can be seen for the two cases 
(baseline and no friction) the ratio is well above 5%. 
However, the case with friction remains well below 
the case with no friction. This effect is a result of the 
frictional force which adds stiffness to the element 
when damage grows. 

Other schemes, such as adaptative remeshing, or 
element technologies, full integration, are available, 
but at a clear added cost of computational time. 

 

Fig.  10. Crushing of wedge specimen. 

 

8 Conclusions 

A physically based 3D model combining damage 
and friction has been developed. The model allows 
for an anisotropic shear response and frictional 
behaviour on the fracture plane to be defined. The 
model can be used for matrix and fibre ply damage 
growth under compression. It enables large 
deformation, which makes it well suited for impact, 
bearing failure and crash analyses. Further work will 
look at damage growth in the fibre direction (fibre 
kinking) as well as alternative solution schemes 
allowing for large element distortions. 
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1 Introduction  

Delamination has long been a serious problem for 

fibre-reinforced polymers (FRP).  Its occurrence not 

only reduces FRP’s load-bearing capacity, but also 

damages the structural integrity to cause catastrophic 

failure without much warning in advance.  

Delamination is known to occur in tensile (mode I), 

in-plane shear (mode II) and out-of-plane tear (mode 

III) loading.  Although some standards are available 

for characterizing the delamination resistance, such 

as ASTM D5528 for mode I, and JSA K7086 for 

mode II [1], there still exist some interests in 

developing special tests to characterize delamination 

resistance of FRP products of which dimensions 

cannot meet the requirements specified in the 

standards. 

 

Objective of our research in this area is in two 

aspects.  One, like most of the work in the literature, 

is to characterize FRP’s resistance to delamination, 

and the other is to examine fundamental issues on 

fracture behaviour by treating delamination as a 

special fracture scenario, i.e., with a well-defined 

crack growth path.  For the latter objective, our 

research is to explore feasibility of simulating the 

delamination growth using finite element (FE) 

method.   

 

This paper presents a study that uses Iosipescu 

loading [2] on double-edge-notched (DEN) 

specimens.  Iosipescu test is commonly used to 

determine material or adhesive strength when 

subjected to shear loading.  Typical specimen for 

Iosipescu test is a short beam with two V-notches of 

90
o
 angle.  For determining adhesive strength, the 

beam consists of two equal halves, made of substrate 

material for the adhesive, and the adhesive is used to 

glue the two halves together [3].  

 

Iosipescu test has also been used to characterize 

FRP’s strength.  However, most FRP specimens 

used for the Iosipescu test have fibre running across 

the ligament length.  As a result, pure shear fracture 

is not generated and the results are only useful for 

the purpose of material comparison.  Specimens 

used in the current study have fibre running parallel 

to the ligament length. With the notches introduced 

in the central interlaminar region, the test is used to 

quantify delamination resistance of FRP in a pure 

shear loading mode.  

 

The paper presents results from an experimental 

study that uses regression analysis to determine 

essential part of energy consumption for 

delamination development in FRP.  The regression 

analysis is based on a concept commonly known as 

essential work of fracture (EWF) that determines 

fracture toughness when ductile deformation is 

developed before the crack growth.  The paper will 

show that even with largely elastic deformation and 

brittle fracture, the EWF concept is still applicable to 

characterization of FRP’s mode II delamination 

resistance.   

 

In addition to the experimental testing, FE 

simulation is used to reveal mechanisms involved in 

the delamination development in FRP during the 

Iosipescu test.  The paper provides updates of the FE 

simulation work, which is expected to complete 

before the conference, thus will be presented in 

detail in the conference. 

 

2 Experimental  

2.1 Materials Characterization 

Each specimen for the Iosipescu test consists of an 

FRP piece in the centre, sandwiched by a rectangular 

aluminum tab on each side.  All FRP pieces of the 
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same ligament length were cut from the same 

unidirectional glass/epoxy panel of nominally 4.7 

mm thick, manufactured using a hand layup 

technique.  Sixteen layers of E-glass fibre sheets of 

two different fibre weights were used to make the 

FRP panel, 9 oz/yd
2
 (305.2 g/m

2
) for the middle six 

layers and 4.5 oz/yd
2
 (152.6 g/m

2
) for the outer ten 

layers.  Epoxy resin for the matrix is a two-part 

system provided by Momentive, consisting of Epon 

826 and Epikure 9551 that are a bisphenol-A matrix 

and a polyamine hardener, respectively, at a mixing 

ratio of 100:36 by weight.  Curing procedure of the 

FRP followed that reported by Hu et al. [4], i.e. at 

50°C for 2 hours and then, 120°C for 2.5 hours.  A 

vacuum chamber is used during the layup process to 

control the void content. 

 

FRP pieces used for the Iosipescu test do not contain 

any stitching threads in the middle six layers, in 

order to avoid influence of the stitching threads on 

the delamination initiation and growth.  Aluminum 

foil of 20 m thick was used to introduce the edge 

notches.  The foil was cut with a new razor blade 

and the foil edges flattened to ensure sharpness of 

the notch tip. 

 

Rough cuts of the FRP pieces were made first with 

diamond-tipped abrasive saws, and then the 

finishing cuts using a low speed (60 rpm) saw.  The 

notches were gently opened using a razor blade.  

Note that the finishing cuts were made after the 

notches were opened, to prevent the possibility of 

damaging the specimen.  Final dimensions of the 

FRP pieces, 20x14 mm
2
, were reached by dry 

sanding.  Symmetry of the FRP pieces was 

controlled to ensure equal length of the two notches.   

 

Two methods were used to determine fiber volume 

fraction (Vr) of the FRP pieces.  The first is modified 

from ASTM standard D3171, due to the use of fibre 

sheets of different weight, and the second optical 

microscopy.  The former is based on the following 

equation, 

)hh(

NANA
V

baf

bbaa
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 (1) 

where Vf  is fiber volume fraction, A area density of 

glass fibre (g/m
2
), N number of fiber layers, f fibre 

density (g/cm
3
), and h thickness (cm) of panel 

occupied by the given fiber type, with subscript a 

and b standing for the fibre type. 

 

Fiber volume fraction determined from the 

microscopy was based on samples cut through the 

ligament area, in the direction normal to the fiber.  

Individual fibers were identified using Adobe 

Photoshop, and fraction of surface area covered by 

fiber using NIH Image J. 

 

Void content in the FRP pieces was determined 

according to ASTM D792, based on the difference 

of theoretical density and the measured density from 

the FRP pieces.  Equation (2) was used to determine 

the measured density (D):   

w
bwa

a
D 


  (2) 

where a is weight of the FRP piece in air (mass 

dependent), b its weight when suspended in water by 

a wire (volume dependent), w weight of the wire, 

and w water density. 

 

The theoretical density (T) of FRP is calculated 

based on the theoretical density of fibre and matrix, 

f and m, respectively, using the following equation:  

  mrff VVT   1  (3) 

Difference between D and T is attributed to the 

presence of voids.  Thus, equation (4) is used to 

determine the void content in percentage (Vv). 

T

DT
Vv


100  (4) 

 

2.2 Iosipescu Test 

Figure 1 depicts the setup of Iosipescu test used in 

this study.  Fibre in the central FRP piece is oriented 

in the vertical direction.  As marked by two short 

black lines, the notches are from the top and bottom 

edges of the FRP piece, both introduced in the 

central interlaminar region.  The Iosipescu test 

generates delamination by shearing off the FRP 

piece into two halves through the ligament region 

between the notches. 

 

Tests were conducted with a Galdabini Quasar 100 

universal testing machine at a crosshead speed of 1 
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mm/min.  At least three tests were conducted for 

each ligament length that ranges from 2 to 6 mm. 

 

Load-displacement curves are recorded from the 

tests, and the corresponding energy consumption 

calculated for the regression analysis, to determine 

the resistance to the delamination development. 

 

Figure 1 Iosipescu test set-up 

 

2.3 Auxiliary Delamination Tests 

In addition to Iosipescu test, end-notched flexure 

(ENF) tests were conducted to evaluate mode II 

delamination resistance of the same FRP.  In view of 

the relatively thin FRP panel with a medium level of 

fibre volume fraction, a span length of 60 mm was 

chosen to prevent from the large deflection required 

to generate the interlaminar fracture.  As 

recommended in ref. [5], the initial crack length is 

quarter of span length, i.e. 15 mm.  Six ENF 

specimens were tested at the crosshead speed of 1 

mm/min. 

 

Critical energy release rate (GIIc) from the ENF test 

is calculated based on the following equation [6].   

)aL(B

Pa
G

s

IIc 32

2

322

9




                           (5)

  

where a is crack length, P force,  the corresponding 

deflection, B beam width, and Ls half span length 

(30 mm). 


Three different points were selected to measure GIIc, 

the nonlinear point, the 5% offset point, and the 

maximum load point.  The nonlinear point was 

determined by first establishing a least squares 

regression line to fit to the linear section of the load-

displacement curve.  Then, the nonlinear point was 

chosen to be the point at which the force was 1% 

lower than the regression line.  The 5% offset point 

is the intersection of the original force curve with a 

line corresponding to a 5% increase of the initial 

compliance. 

 

3 EWF Method 

Iosipescu test results are analyzed based on the EWF 

concept, originally developed for determining 

ductile fracture toughness in the plane-stress 

condition.  The EWF concept was first applied to 

thin metals in tension [7], and later to polymers [8]. 

 

The underlying principle for the EWF method is the 

presence of two distinct mechanisms during the 

fracture development.  One is essential to form the 

fracture surface, for which the amount of energy 

consumed depends on the size of the ligament cross 

sectional area.  The other is non-essential for the 

fracture, and is usually the plastic deformation in the 

ligament region.  Size of the plastic deformation 

zone is needed to determine the energy consumed 

for its development.  

 

Based on the above two mechanisms, total energy 

required for fracture can be expressed in terms of the 

essential and the non-essential parts of energy for 

the crack development:   

tLLwtLwW pef    (6) 

where we is EWF per unit fracture area, wp the 

geometry-dependent non-essential energy per unit 

volume, L ligament length, t specimen thickness and 

shape factor for the deformation zone.   

 

In this study, values for Wf from Iosipescu 

specimens are calculated from the force-stroke 

curve, and plotted as a function of L after 

normalization with ligament area ( tL  ), named 

specific work of fracture (SWF).  It has been shown 

for many metals and polymers [8-9] that such a plot 

shows a linear trend.  Thus by extrapolating to L=0, 

the geometry-dependent non-essential energy is 

removed, and we value that represents the 

delamination fracture toughness is determined.     

 

The EWF concept has been applied to Iosipescu test 

of high density polyethylene (HDPE) and 
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poly(acrylonitrile butadiene styrene) (ABS), for 

determining their mode II fracture toughness [10-

11].  The results suggest that the concept is indeed 

applicable if mode II fracture behaviour can be 

generated, which for ABS and HDPE is by 

introducing V-shaped grooves along the ligament 

length between the notch tips.   

 

Since FRP specimen used in the current study has 

orthotropic properties, with stiffness along the fibre 

direction being much higher than that in the other 

two directions, side grooves are not needed to induce 

the mode II fracture.     

 

4 Finite Element Simulations 

An FE model is used to mimic Iosipescu testing 

using ABAQUS 6.9, to investigate mechanisms 

involved in the experiments.  

 

4.1 The Model 

FE model used to simulate the Iosipescu testing is 

presented in Figure 2.  Figure 2(a) shows the overall 

geometry and the mesh pattern, and 2(b) the model 

of the FRP piece (top) and the central interlaminar 

region (bottom).  All dimensions of the model 

follow those used in the experiment.  Boundary 

conditions are enforced along the outer edges of the 

moving and fixed Iosipescu jaws. 
 

Elastic properties for each component of the 

specimen are summarized in Table 1.  For the two 

outer layers in the FRP piece, the elastic properties 

are assumed to be uniform, based on fibre volume 

fraction (Vf) of 25.4%.  For the middle 6 layers, 

elastic properties for fibre bundles are based on Vf of 

45%.  As shown in Figure 2, the model considers 

individual fibre bundles for the middle 6 layers, 

separated by resin-rich regions.  A layer of cohesive 

zone is introduced in the central interlaminar region 

where crack is developed during the simulation.   
 

Due to limitation in the modeling capacity, Figure 2 

only represents a 2-dimensional view of the 

Iosipescu test, on plane 1-3 that is parallel to the 

front view of the test, i.e. Figure 1.  Since fibre 

distribution along direction 2 is not uniform, as 

shown by the cross-sectional view on plane 2-3 in 

Figure 3, two sectional views (sections A and B in 

Figure 3) need to be considered for the FE modeling, 

in order to represent variation of the fibre bundle 

distribution in direction 2.  The 2-D model in Figure 

2 represents section A in Figure 3.  Section B in 

Figure 3 can also be simulated using the model in 

Figure 2, by changing properties for the two fibre 

bundles that are closest to the central interlaminar 

region to the properties of resin-rich region.  

However, a preliminary study suggests that models 

for the two cross sections generate little difference in 

the force-stroke curve.  Therefore, FE results 

presented here are based on the model for section A 

of Figure 3, that is, with 6 fibre bundles in the 

central region. 

 

Note that fibre bundles in Figure 3 are idealized as 

rounded rectangles arranged in a regular pattern, to 

have the same fraction of fibre bundle area as that in 

the central six layers of the FRP piece.  Within each 

fibre bundle, the elastic properties, as given in Table 

1, are considered to be homogeneous and 

orthotropic.   

 

4.2 Hill Plasticity 

Plastic deformation of central fibre bundles is based 

on the Hill plasticity model [12] that requires a 

criterion for yield initiation and an evolution law for 

the deformation.  In this study, the equivalent stress 

for the Hill’s yield criterion is an adaptation of the 

von Mises criterion with a relative weight function 

assigned to each stress component.  Equation (7) 

gives the Hill stress function.  The Hill potential is 

determined using yield ratios Rij in equation (8), 

defined as the ratio of the yield stress under a 

unidirectional stress state to a reference yield stress 

which is selected to be the yield stress of epoxy [13].   
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The above Hill potential was set so that the FE 

model only responds to transverse normal stress in 

direction 3 and shear stress 13.  The yield ratios and 
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3 

1 

their corresponding coefficients for the Hill potential are listed in Table 2.   
 

Table 1 Elastic properties used for the FE model 

Material E1 

(GPa) 

E2 

(GPa) 

E3 

(GPa) 
12 13 23 G12 

(GPa) 

G13 

(GPa) 

G23 

(GPa) 

Outer Layer 24.1 6.2 4.5 0.275 0.275 0.3 1.8 1.8 1.3 

Fiber Bundle 38.6 8.27 8.27 0.26 0.26 0.321 4.14 4.14 3.13 

Resin Rich 3.87 - - - 0.42 - - - - 

Aluminum Tab 70 - - - 0.33 - - - - 

Steel Jaw 200 - - - 0.30 - - - - 

          

 
(a) 

  
  (b) 

Figure 2 FE model for Iosipescu test: (a) the overall 

model, and (b) the model for the FRP piece 
 

 

In this study, response of the fibre bundles under 

transverse tension and shear is regarded to be the 

same as that of the interlaminar resin-rich region, but 

remains elastic throughout the simulation.   
 

Properties for the resin-rich regions are assumed to 

be isotropic, for which the elastic-plastic properties 

are based on the published data [4] for the pure resin 

with the stiffness scaled up roughly about 30%, to 

support the empirical stress for the onset of fracture.  

Figure 4 shows the elastic-plastic response of the 

neat resin used in the study and that for the 

corresponding resin-rich region.  

 

4.3 Cohesive Element 

The fracture development is simulated using a 

cohesive zone which is one element thick and 

transfers stress from one side to the other as a 

surface traction.  Damage is modeled using stiffness 
degradation to allow the progressive failure, and is 

initiated when a stress component (in this case shear 

stress) reaches its maximum value.  Further 

separation results in damage propagation which is 

governed by equation (9) and the corresponding 

stiffness by equation (10).  Value for the damage 

coefficient D is between 0 (undamaged) and 1 

(completely damaged).  The corresponding softening 

behavior is demonstrated in Figure 5, with the 

maximum shear stress set at 54 MPa and GIIc 2.18 

kJ/m
2
 according to the Iosipescu test result, as to be 

presented in the results section. 
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oK)D(K  1  (10) 
 

where K is degraded stiffness, Ko undamaged 

stiffness, max maximum displacement in the loading 

history, f fracture displacement, o displacement at 

the damage initiation, and int stress for the damage 

initiation. 

 

Initial stiffness of the cohesive zone was determined 

using equation (11), by adapting a technique 

proposed by Turon et al. [14], originally for mode I 

delamination in a double cantilever beam specimen. 

t

G
K ss

13
  (11) 

where Kss is stiffness in tangential direction, G13 out-

of-plane shear modulus, t thickness of interlaminar 

resin-rich region, and  scaling parameter.  Value 

for  in the current study is chosen to be 50. 

Table 2 Yield ratios and coefficients for Hill Potential 

Yield 

Ratio 

R1 R2 R3 R12 R13 R23 

100 1 1 1 1 100 

Hill 

Potential 

F G H L M N 

0.99995 5x10-5 5x10-5 1.5x10-4 1.5 1.5 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 3 Idealized shape and distribution of fibre bundles 

on cross section 2-3 in the middle six layers 

 

The glue that bonds the FRP piece to the tabs is also 

modeled with cohesive elements in order to take 

advantage of their surface traction formulation.  

Shear traction stiffness of the adhesive surface is set 

at 150 MPa/mm.  However, damage is not 

considered for the adhesive bonding.  In addition, 

the glue is assumed to be rigid under normal 

loading, by setting its normal stiffness at 10
7
 

MPa/mm. 

 

Contact is defined between aluminum tabs and steel 

jaws to provide realistic clamping, with the 

coefficient of static friction set at 0.47 [15].   
 

 
Figure 4 Stress-strain curve of pure resin (dashed line) 

and resin-rich region (solid line) used in this study 

 

Figure 5 Softening behaviour of cohesive elements 

 

Because of unstable crack growth in the Iosipscu 

test, Riks arc length method [16], adopted by 

Crisfield for FE simulation [17], is used in the final 

loading step of the simulation.   

 

5 Results and Analysis 

5.1 Material Characterization 

Typical microstructure on a cross section of an FRP 

piece is shown in Figure 6, taken from the ligament 

area of an unbroken sample on a cross section 

perpendicular to the fibre bundles.  The ellipse-like 

zones of darker color are fibre bundles which are 

closer together in the middle region and farther apart 

outside.  Dark spots in each fibre bundle are cross 

section of individual fibres.  Results of fibre volume 

fraction (Vf) for the middle and outer regions and the 

overall void content are summarized in Table 3.  As 

shown in the table, average Vf for the middle 6 fibre 

layers is 38.5%.  Although Vf  for the outer layers is 
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much lower, 21%, the outer layers do not have any 

significant role on the delamination development.  

Note that fibre bundles in the middle 6 layers have 

spread out more evenly than that in the outer layers, 

because stitching threads in the former were 

removed.  Large dark spots in Figure 6 are voids, 

which on average is about 2.5% in volume, as shown 

in Table 3. 

 

Figure 6 Microstructure of the FRP piece 

Table 3 Properties of inspected FRP pieces 

 

5.2 Mechanical Tests (Iosipescu and ENF) 

A typical curve of force versus stroke from the 

Iosipescu test is shown in Figure 7.  The curve 

consists of four sections: 1) a short takeoff in which 

the fixture is settling, 2) a linear region under stable 

loading, 3) a short softening region, and 4) a sudden, 

unstable crack growth.  Wf is calculated from the 

area covered by the curve up to the peak load, after 

removing the takeoff section and extrapolating the 

linear region back to zero force.  Peak force is 

selected for Wf calculation because it is likely to be 

the point for on-set of delamination and is easily 

identified, thus assuring reliability of the results. 

 

Figure 8 summarizes all specific work of fracture 

(SWF) from the Iosipescu tests and GIIc from ENF 

tests (at L=0 mm, with solid circles from non-linear 

point and cross from maximum load).  The figure 

suggests that SWF increases with the increase of 

ligament length L up to 5 mm, but then remains 

relatively constant for further increase of L to 6 mm.  

Extrapolating SWF back to L= 0 coincides with GIIc 

value from the non-linear point, with the average 

value of 2.18 kJ/m
2 

for we.  Averaged of the GIIc 

values from the ENF tests are given in Table 4. 

 

Figure 7 A typical curve from the Iosipescu test 

 

Deviation from the linear trend in Figure 8, for data 

of L=6 mm, is believed to be the result of change in 

mechanisms involved for the delamination 

development.  Specifically, it is believed that fiber 

buckling is involved for crack growth in specimens 

with L=6 mm.  Evidence for the fibre buckling is 

shown in Figure 9 which compares fracture surfaces 

from two post-test specimens, the left with L=5 mm 

and the right L=6 mm.  The left photograph (for 

L=5mm) shows a sharp boundary between the pre-

notch and the fracture surface, which is a typical 

behaviour for specimens of all ligament lengths 

except L=6 mm.  The right photograph (for 

L=6mm), on the other hand, shows several splitting 
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fiber bundles that cross the boundary between the 

fractured ligament area and the pre-notch, 

suggesting the involvement of mode I fibre bundle 

splitting during the fracture development.   

 

Figure 8 Summary of specific work of fracture (SWF) for 

all ligament lengths 

 

Table 4 GIIc (in kJ/m
2
) from ENF tests  

Non-linear 5% offset Maximum load 

2.35 3.39 3.44 

 

In addition to splitting fibre bundles on the fracture 

surface, possibility of fibre buckling is also 

suggested by draping fiber in the ligament region, as 

shown in Figure 10 which shows reduction of the 

interlaminar thickness towards the central part of the 

ligament section (between the white arrows).  The 

draping fibre is prone to buckling, and is only 

observed clearly from specimens of L=6 mm.   

 

The above microscopic observation is supported by 

test results, as shown by the experimental data (open 

diamonds) in Figure 11(a) for peak load and 11(b) 

for displacement at the peak load.  As shown in the 

figure, the peak load is clearly deviated from the 

linear trend, but the corresponding displacement still 

follows the linear trend reasonably well.  

5.3 FE Modeling 

In view of the involvement of fibre buckling in 

specimens with L=6 mm, the FE modeling was 

conducted only for L up to 5 mm.  Through try-and-

error to match results from the experiments, it was 

found that low stiffness of the adhesive that bonds 

the FRP piece with the aluminum tabs has to be 

considered in order to match the displacement 

measured at the peak load.  The simulated peak load 

and the corresponding displacement are also shown 

in Figure 11 in solid squares.  The figure clearly 

suggests that values from the simulation match 

reasonably well with the experimental results.  

 

 

Figure 9 Fracture surfaces from Iosipescu tests: 5mm 

(left) and 6mm (right) 

 

 

 

Figure 10 Fibers in the ligament area 
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(b) 

Figure 11 Results from experiments and FE modeling: (a) 

peak load and (b) displacement at peak load 

 

Table 5 presents the simulation results that include 

percentage of energy consumption in the FRP piece 

for elastic and plastic deformation and for the 

damage generation that leads to formation of 

fracture surface.  It is clear that a significant portion 

of the energy is used for elastic deformation, and 

only a very small fraction of the total energy, around 

6-7% for FRP and even smaller in terms of total 

energy consumed during the test, for generating 

damage in the interlaminar region which leads to the 

formation of delamination crack.  This suggests that 

the 2
nd

 term on the right-hand side of the original 

formulation for the EWF method, Eqn. (6), is not 

limited to plastic deformation energy.  As long as 

the non-essential part of energy consumption is 

proportional L
2
, we value can still be determined 

using equation (6) through linear regression to L=0.  

This condition is being further investigated while 

this paper is prepared, and the results will be 

presented in the conference. 

Table 5 Energy distribution in the FRP piece at the peak 

load of Iosipescu test 

L (mm)  2 3 4 5 

Elastic 74.2% 74.0% 73.4% 71.8% 

Plastic  19.6% 19.7% 20.2% 21.4% 

Damage  6.2% 6.3% 6.4% 6.7% 

 

6 Conclusions 

A regression analysis is successfully applied to 

Iosipescu test results of DEN specimens, to 

determine interlaminar fracture toughness in pure 

shear mode.  The fracture toughness value (we) is 

consistent with that from the popular ENF tests.   

 

The study shows that the experimental results can be 

reasonably reproduced using finite element 

modeling.  Based on results from the FE modeling, 

majority of the energy consumption during the test is 

for elastic deformation and the energy for fracture 

surface formation is only a very small portion of the 

total energy.   

 

Further study will be conducted using FE modeling, 

to examine validity of the EWF formulation, 

equation (6), for the Iosipescu test, and 

appropriateness of linear regression for removing the 

non-essential part of energy consumption.  Results 

from the FE modeling will be presented in the 

conference. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Lightweight and multifunctional materials are of 
interest in many industrial fields [1-15]. Electrical 
and thermal conductivities can be useful for 
applications such as the heat sink or electromagnetic 
wave shielding. Multifunctional materials can be 
made by mixing two or more materials, or by 
structural inducement [1-3, 10-30]. To obtain 
isotropic properties, powder type fillers, for example, 
carbon black, carbon nanotube, and graphene have 
been used. The fillers of powder form are easy to 
realize isotropic properties. However, it also has a 
disadvantage which is the difficulty in filler 
dispersion in the matrix. Rod shape fillers may result 
in better properties than the powder type fillers. 
However, it may result in anisotropic properties after 
the molding process because the rod-shaped filler 
having a high aspect ratio will inevitably assume 
orientation depending on the direction of the flow. 
Consequently, electrical or thermal conductivities of 
the composite in the flow direction may become 
quite different from the conductivity in the 
perpendicular direction [21-30]. In order to enhance 
the conductivity in the perpendicular direction and 
thus to realize isotropic conductivity, expanded 
polypropylene (EPP) and carbon fiber were used in 
this study. The EPP has the characteristic of 
secondary expansion during the fusion-bonding 
process. As illustrated in Fig. 1 and Fig. 2, 
expansion of the EPP beads may force the carbon 
fibers to be oriented along the gaps between the 
beads which induces the isotropic property. In this 
investigation, carbon fiber/EPP composite was made 
and its electrical and thermal conductivities were 
evaluated. 

 

2 Experimental details 

2.1 Materials  

  
Fig. 1. Illustration of carbon fibers positioned 

between the EPP beads. 
 

 
Fig. 2. Illustration of orientation mechanism of 

carbon fiber through the thickness direction. 
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Fig. 3. A schematic of manufacturing process. 

The following materials were used in the preparation 
of the samples: EPP (B 4.5P grade, Howtech Co., 
Ltd.) was used for the matrix. For the reinforcement, 
a 6 mm length chopped carbon fiber (T700SC, 
Toray Corp.) was used. The density of the EPP was 
decreased to 0.138 g/cm3 from 0.2 g/cm3 by the 
secondary expansion during the fusion-bonding 
process. The densities of the EPP and the carbon 
fiber/EPP composite are shown in Table 1. The 
thermal conductivities of the EPP and the carbon 
fiber are 0.061 W/mK and 9.408 W/mK, 
respectively [31, 32] 
 
Table 1 Densities of the EPP and carbon fiber/EPP 
composites after secondary expansion. 

Items (volume percent) density 
EPP (100%) 0.138 g/cm3 

carbon fiber (4.2%) / EPP (95.8%) 0.207 g/cm3 
carbon fiber (5.2%) / EPP (94.8%) 0.224 g/cm3 
carbon fiber (7.3%) / EPP (92.7%) 0.260 g/cm3 
carbon fiber (8.5%) / EPP (91.5%) 0.280 g/cm3 

 

2.2 Preparation of the Samples 

Prior to the molding process, dry mixing of the 
chopped carbon fiber and EPP was conducted by 
using a treadmill at 200 rpm for 30 min as shown in 
Fig. 3. Then, the mixture was molded in a mold 
cavity as shown in Fig. 4. In order to achieve a high 
fusion-bonding efficiency of the EPP beads and 
secondary expansion in the mold cavity, the molding 
of the EPP beads in the mold cavity was done using 
steam at an elevated temperature with a higher 
saturation vapor pressure. Prior to setting the 
mixture in the mold, the mold was preheated to 
125°C. Then, the mixture was set in the preheated 
mold cavity. After closing the mold, steam at 130°C 
with a pressure of 640 kPa was injected into the 
bottom of the mold. When the pressure gauge on the 
bottom mold indicated 400 kPa, the vent on the 
bottom of the mold opened immediately. The vent 
remained open until the pressure dropped to 100 kPa. 
After the vent was closed, the steam was injected 
into the upper mold until the pressure gauge on the 
upper mold indicated 440 kPa. The pressure reached 
was maintained for 4 seconds without opening the 
vent on the upper mold. Then, the vent of the upper 
mold opened partially until the pressure reached 200 
kPa when the vent on the upper mold was fully 
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opened. Cool water (20°C) was subsequently 
injected into the mold to cool the product. After the 
water in the mold drained, the product was taken out 
of the mold. The product was then dried in a forced 
convection oven (Model FC-1D-2, Universal 
Scientific Co., Ltd.) at 55 °C for 24 hours. 
 

 
Fig. 4. A picture of the mold cavity with the mixture 

of carbon fiber/EPP. 
 

2.3 Measurement of Electrical Conductivity 

The electrical conductivity of the carbon fiber/EPP 
composite specimens was measured according to 
ASTM D4496 with a multi-meter (Fluke 187, Fluke 
Corp.) in the directions of 3 axes as shown in Fig. 5. 
A specimen was machined with a water jet cutter. 
Prior to the measurement, all surfaces of the samples 
were trimmed using a razor to create a flat surface. 
The samples were kept in a forced convection oven 
(Model FC-1D-2, Universal Scientific Co., Ltd.) at 
55°C for 24 hours. Silver paste was then painted 

onto their surfaces to ensure good contact between 
the surfaces of specimen and the copper electrodes. 
Due to the large deviation in electrical conductivity 
at different points on the surface of a specimen from 
the four-terminal measurements, the DC volume 
electrical resistivity in this study was measured 
using the two-terminal technique. The electrical 
conductivity was recorded after a 5-minute wait to 
obtain a stationary value. The volume electrical 
resistivity was calculated using the following 
equation: 

ρv=RLW/t (1) 

where ρv is the volume electrical resistivity, R is 
the measured resistance, L is the length of the 
specimen, W is the width of the specimen and t is the 
thickness. 
 

 
Fig. 5. Illustration of measurement of electrical 

resistivity of the specimen. 
 

2.4 Measurement of Thermal Conductivity 

The thermal conductivity of the carbon fiber/EPP 
composite was measured by a thermal conductivity 
analyzer (Mathis TCi, C-Therm Technologies Ltd., 
Fig. 6) which was the modified transient plane 
source technique. As illustrated in Fig. 7, three-
dimensional thermal conductivities of the specimen 
were tested at the room temperature. The 
measurements were done five times per point in 
each direction. The specimen was in the analyzer as 
shown in Fig. 8. 
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Fig. 6. Thermal conductivity analyzer (Mathis TCi, 
C-Therm Technologies Ltd.) 

 

 
Fig. 7. Illustration of measured area on the specimen. 

 

2.5 Observation of Surface Morphology 

In order to assess the orientation of the carbon fibers 
along the gaps between the beads, the morphologies 
of the cross-sections of carbon fiber/EPP composite 
were observed by FE-SEM (JSM-6700F, JEOL). 
 

3 Results and Discussion 

3.1 Electrical Conductivity  

 

 
Fig. 8. Installation view for measurement of thermal 

conductivity. 
 
The volume electrical resistivity of the specimens 
was measured and the results are shown in Fig. 9. 
The average volume resistivity of the specimen 
tends to decrease with increase of the amount of 
carbon fibers. The volume resistivity of the Z-axis 
(thickness direction) was generally lower than that 
of the other directions. An average volume 
resistivity of 169 Ω cm and volume resistivity of 303, 
110, and 94 Ω cm for the X-axis, Y-axis, and Z-axis, 
respectively were obtained for carbon fiber volume 
fraction of 8.5% in this study. 

 

3.2 Thermal Conductivity 

By adding carbon fibers in the composite, the 
thermal conductivities of three axes were enhanced. 
As shown in Fig. 10, they had similar values with 
each other. The thermal conductivity of the 
composite containing a fiber volume fraction of 4.2% 
has 10 times increased thermal conductivity in the 
direction of X-axis compared to the neat EPP. In the 
directions of the Y-axis and the Z-axis, the thermal 
conductivities are increased 8.8 times and 11.5 times, 
respectively. By increasing the volume amount of 
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Fig. 9. Volume resistivity of carbon fiber/EPP 
composite. 
 
carbon fiber in the composite, the thermal 
conductivity was increased accordingly. At a fiber 
volume fraction of 8.5%, the thermal conductivities 
are enhanced 13.2 times, 13.4 times and 15.9 times, 
respectively, along the axes of X, Y and Z. 
Consequently, the thermal conductivities of the 
carbon fiber/EPP composite could be enhanced to 
about 0.8 W/mK by using the carbon fiber of 8.5 
Vol.% and the isotropic thermal conductivity could 
be realized. 
 

3.3 Surface Morphology 

Numerous cells are observed on the cross-section of 
the neat EPP as shown in Fig. 11 (A). Low thermal 
conductivity of the neat EPP is attributed to the 
insulation effect by these walls. By utilizing this 
characteristic, the carbon fiber could be oriented 
along the gaps between the beads along the X-Z 
plane and Y-Z plane. The cross-sectional view (X-Y 
plane) of the carbon fiber/EPP composite with a 
fiber volume fraction of 8.5% shows oriented carbon 

 
Fig. 10. Thermal conductivities of the carbon 

fiber/EPP composite through the directions of X, Y 
and Z. 

 
fibers along the gaps between the beads as shown in 
Fig. 11 (B). This could be interpreted as a reason for 
the increase of electrical conductivity in the 
thickness direction of the specimen (Z-axis). 
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Fig. 11. The surface morphologies of the cross 
section of the EPP and the carbon fiber/EPP 
composite; (A) EPP, (B) carbon fiber/EPP 
composite, (C) magnification of (A), (D) 

magnification of (B). 
 

4 Conclusion 

The manufacturing process of carbon fiber/EPP 
composite was introduced and its semi-isotropic 
electrical and thermal conductivities were observed. 
A randomly mixed mixture of EPP having a 
spherical shape and carbon fibers having a 
cylindrical rod shape could make the carbon fibers 
positioned along the gap between the expanding EPP 
beads. Therefore, the secondary expansion which 
occurs during the fusion-bonding process of EPP 
could be an effective way to realize the isotropic 
conductivities. Through the addition of carbon fibers, 
the average volume electrical resistivity could be 
lowered to 169 Ω cm and the thermal conductivity 
was enhanced isotropically in this study. 
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RUBBER PAD FORMING OF GLARE CRUCIFORM USING 

NUMERICAL AND EXPERIMENTAL ANALYSIS 

1 Introduction  

Fibre Metal Laminates (FMLs) have been 

increasingly applied to reinforce aluminium 

applications such as helicopter subfloors due 

to their compatibility with aluminium [1]. 

Thus, the Cooperative Research Centre for 

Advanced Composite Structures (CRC-ACS) 

is conducting research on retrofitting FMLs to 

enhance the crashworthiness of aged metallic 

airframes [2]. One of the nominal examples of 

FMLs is GLARE (GLAss REinforced 

aluminium) which comes readily available as 

pre-cured flat sheets. The forming of GLARE 

into a more complex structure, however, is 

limited by the brittleness of the composite 

laminate sandwiched in between thin metallic 

layers [3]. This results in extensive research 

[4-6] dedicated to forming process for GLARE 

without inducing internal damage/failures.  

Edwardson et al. [4] conducted laser forming 

and found cracks and buckling in metal 

produced by uncontrolled localised heating. 

The generated heat also induced delamination 

between layers. The drawing behaviour of 

metal composite sandwich was studied by 

Gresham et al. [5], and severe wrinkling was 

noted during drawing operations. Mosse et al. 

[6] proposed preheating before forming and 

holding the laminate between dies until 

polymer solidification and the process 

minimised shape error and delamination. This 

process, however, required precise temperature 

conditions and forming rate and might affect 

the characteristics that exist in FML sheets. 

Flexible rubber pad forming [7] is shown to be 

a good manufacturing process well suited to 

FMLs.  

In this paper the formability of GLARE using 

rubber pad forming is investigated to develop 

a retrofittable hat-shaped energy absorbing 

component. The experimental setup for rubber 

pad forming is first constructed based on the 

Guerin method. Explicit finite element 

analysis is then developed to predict the 

formability of these retrofit structures. The 

modelling methodology is verified and 

improved with aluminium sheet and the 

constructed experimental setup. The numerical 

and experimental analyses are then conducted 

for hat-shaped GLARE forming process.  

2 FMLs and Rubber Pad Forming 

FMLs consist of alternate thin layers of metal 

and fibre reinforced epoxy, bonded together 

using an adhesive. FMLs are being used for 

various applications in the aerospace industry 

due to their superior performance. There are 

two main manufacturing techniques associated 

with FML; (a) using layup technology to 

arrange layers of metal and prepreg to the 

required shape prior to curing and (b) to adopt 

sheet metal forming technique to form the 

FML to required shape after curing.  

2.1 GLARE  

GLARE is currently being investigated as a 

material for enhancing crashworthiness, by 

designing suitable retrofittable cruciform 

structures. As shown in Fig. 1, GLARE 

comprises alternating layers 2024-aluminium 

and S2-Glass fibre epoxy composite, bonded 

together using FM-94 epoxy adhesive.  

 
Fig. 1. Typical GLARE with 3/2 layup [1]. 

Table 1 lists the various grades and sub-grades 

of GLARE that are defined by types and 

RUBBER PAD FORMING OF GLARE CRUCIFORM USING 

NUMERICAL AND EXPERIMENTAL ANALYSIS 
 

R. Subbaramaiah
1,2

*, S. H. Lim
1,2

, B. G. Prusty
1
, G. Pearce

1
, D. Kelly

1
, R. Thomson

2,3 

1
 University of New South Wales, Sydney, Australia, 

2
 Cooperative Research Centre for 

Advanced Composite Structures, Fishermans Bend, Australia, 
3
 Advanced Composite Structures 

Australia Pty Ltd, Port Melbourne, Australia 

*Corresponding author: ravishankar.subbaramaiah@unsw.edu.au 

 

Keywords: Rubber pad forming, Fibre Metal Laminate, GLARE,  

ICCM19 3525

mailto:ravishankar.subbaramaiah@unsw.edu.au


 

 

 

2  

 

 

RUBBER PAD FORMING OF GLARE CRUCIFORM USING 

NUMERICAL AND EXPERIMENTAL ANALYSIS 

thicknesses of aluminium and the fibre 

orientation of each glass fibre epoxy 

composite prepreg layers. GLARE-2A sheets 

were selected to form the hat-shaped 

component as the fibres are parallel to the 

bend line allowing the formation of sharper 

bend radii. The selected aluminium thickness 

is 0.4mm and the thickness of GLARE 2A 

with 2/1 layup is 1.2mm. 

Table 1. Available grades of GLARE [1]. 

Grade 
Sub-

grade 

Metal sheet 

thickness [mm] 

and alloy   

Prepreg 

orientation in 

each layer 

Glare 1   0.3 – 0.4 7475-T761 0/0 

Glare 2 
2A 0.2 – 0.5 2024-T3 0/0 

2B 0.2 – 0.5 2024-T3 90/90 

Glare 3   0.2 – 0.5 2024-T3 0/90 

Glare 4 
4A 0.2 – 0.5 2024-T3 0/90/0 

4B 0.2 – 0.5 2024-T3 90/0/90 

Glare 5   0.2 – 0.5 2024-T3 0/90/90/0 

Glare 6 
6A 0.2 – 0.5 2024-T3 +45/-45 

6B 0.2 – 0.5 2024-T3 -45/+45 

Glare 7 
7A 0.2 – 0.5 2024-T3 0/+45/-45/0 

7B 0.2 – 0.5 2024-T3 90/-45/+45/90 

2.2 Rubber Pad Forming Guerin Method  

Rubber pad forming (RPF) is a preferred 

forming process to maintain the surface finish 

quality of the sheets. It achieves minimal 

thickness variation, reduces alignment and 

mismatch problems and is cost effective. 

Hence RPF best suits for GLARE to maintain 

the integrity of all layers and along the bonded 

surfaces. Fig. 2 illustrates the RPF Guerin 

methodology. RPF uses a flexible rubber 

die/tool to form the sheet/blank over a hard 

rigid die. 

 

Fig. 2. Rubber pad sizing. 

In the Guerin method, the flexible die has to be 

at least three times thicker than the height of 

the formed specimen X and at least two times 

wider than the width of the specimen Y. 

3 Rubber Pad Forming of FMLs 

3.1 Rubber Pad Forming Setup 

Fig. 3 shows the experimental setup that 

adopts the Guerin method to form sheets into 

hat-shaped component. A uniaxial high 

performance Instron machine that can operate 

up to 250kN with a maximum stroke of 

130mm covered the required forming force 

and tool travel. The applied forming force and 

tool travel data was recorded by the data 

acquisition system integrated with the Instron 

machine.  

 
Fig. 3. Rubber pad forming setup. 

The rubber pad forming (RPF) setup was 

initially established by employing three 

polyurethane pads of Shore A hardness of 70 

as the flexible die. A hardened steel male die 

shown in Fig. 4 was used in this process to 

manufacture the required hat/trapezoidal 

profiles. The dimensions of the rigid die for 

hat profile are 25mm height and 90mm width. 

Thus, three polyurethane pads of thickness 

10mm, 25mm and 40mm were used to obtain 

the required height 75mm, as previously 

described in Section 2.2. 

 
Fig. 4. Rigid die made of hardened steel. 

The pads were cut to size 250mm x 250mm 

and were stacked on the platform/bed of the 

Instron machine to cover the required width. 

The flat sheet was held on to the die with two 

tap screws. As shown in Fig. 5, the rigid die 

and the held sheet was placed on top of the 
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flexible die. The actuator head of the Instron 

machine was lowered and a circular disc was 

used to push the rigid die into the flexible die 

to form the hat/trapezoidal structures. 

 
Fig. 5. RPF setup with sheet/blank, rigid and 

flexible die. 

3.2 Explicit FEA Model Description 

The explicit finite element analysis tool LS-

DYNA [8] was used to simulate and predict 

the formability of GLARE. The hybrid 

material with aluminium 2024-T3 and E-

Glass/Epoxy was modelled using a layered 

shell methodology. The top and bottom layers 

were aluminium of thickness 0.4 mm and the 

sandwiched Glass/Epoxy layer between the 

aluminium had a thickness of 0.25 mm. The 

element size was 1mm perpendicular to bend 

line and 3mm parallel to bend line. 

The layers of GLARE were meshed with quad 

shell elements with Belytschko-Tsay element 

formulation elements. The elements used one 

in-plane integration point and a minimum of 

three integration points through the thickness 

to capture the plastic hinge formation. 

Hourglass controls were used to inhibit the 

nonphysical modes of deformation. Flanagan-

Belytschko stiffness form was used with 

default hourglass coefficients (default 0.15). 

Stability can be increased by invoking bulk 

viscosity of shell element formulation. The 

aluminium layer was modelled with a Johnson 

Cook material model which included damage 

and strain-rate sensitive plasticity. Thermal 

effects were not taken into account. The 

material properties for aluminium are 

presented in 

Table 2 while the material properties of E-

Glass/Epoxy are presented in Table 3. 
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Table 2. Material properties of aluminium 

2024-T3, 6061-T6 [9] . 

Aluminium 

type 
2024-T3 6061-T6 

A1 (MPa) 369 324 

B1 (MPa) 684 114 

N 0.73 0.42 

C 0.0083 0.002 

D1 0.13 -0.77 

D2 0.13 1.45 

D3 -1.5 -0.47 

D4 0.011 0 

σult (MPa) 483 310 

Table 3. Material properties of E-Glass/Epoxy 

[10]. 

Property Description Glass 

ρ 

(g/cm3) 

Density 1.80  

E1f  

 (GPa) 

Longitudinal modulus  

(fibre direction) 

30.9  

E2f   

(GPa) 

Transverse modulus 

(perpendicular to fibre) 

8.3  

G12  

(GPa) 

In-plane shear modulus  

 

2.8  

ν12 Minor Poisson’s ratio 0.0866 

σ1t  

( MPa) 

Longitudinal tensile strength 

(fibre direction) 

798  

σ1c  

(MPa) 

Longitudinal compressive 

strength (fibre direction) 

480  

σ2t  

(MPa) 

Transverse tensile strength 

(perpendicular to fibre) 

40  

σ2c  

(MPa) 

Transverse compressive 

strength (perpendicular to 

fibre)  

140  

τ12 

(MPa) 

In-plane shear strength 70  

DFAILT Maximum strain for fibre 

tension 

2.3 % 

DFAILC Maximum strain for fibre 

compression 

1.4 % 

The fibres in the composite layer were along 

the rolling direction so that the bend lines were 

parallel to the fibre orientation. E-Glass/Epoxy 

was modelled using an enhanced composite 

damage model [8] in LS-DYNA. A modified 

version of the Hashin failure criterion, namely 

Chang-Chang, was applied in the damage 

model.  Here tensile and compressive fibre and 

matrix failure were separately considered. 

After failure is encountered, the stiffness of the 

elements is reduced gradually to near zero 

before the element is completely removed after 

a pre-defined maximum strain is reached. In 

addition the layer in the element is completely 

removed after the maximum tensile or 

compressive strain in the fibre direction is 

reached [8]. The failure equations using 

Chang-Chang criterion utilised four indicator 

functions corresponding to the four failure 

modes. 

A graphical representation of composite 

material models available in LS-DYNA is 

shown in Fig. 6 for comparison. Additional 

measures were taken to delete elements which 

were highly distorted. The polyurethane pads 

which were used as a flexible die were 

modelled with a Mooney-Rivlin material 

model [12]. The coefficients A and B of the 

material model are given in the Table 4. The 

element size for the rubber model was kept 

identical to that of the formed specimen for 

regions in the vicinity of the sheet/blank while 

a gradually increasing mesh size was used for 

the region away from the specimen. The 

polyurethane pads were meshed with 1 point 

nodal pressure tetrahedron solid elements for 

bulk forming. Default hourglass coefficients 

were used. Negative volumes in highly 

distorted elements occurred, especially for the 

solid elements of flexible die, and the 

offending elements were deleted so that the 

calculation could continue. 

 
Fig. 6. Composite material models in LS-

DYNA (MAT58) [11]. 

Table 4. Polyurethane material properties for 

MAT27 [12]. 

Poly 

urethan

e 

A B 
Poisso

n Ratio 

Density 

(kg/mm3

) 

Shore 

A 70 

0.73

6 

0.18

4 
0.499 2.00E-06 

Other components, such as the circular disc 

and die were all modelled as rigid. Contacts 

are defined to represent the interaction 

between the two materials and avoid 

interpenetration as follows: 
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Contact Automatic Surface to Surface Tie 

(CASST) was used to represent the bond 

between composite and aluminium layers.  

After failure, this contact option behaved as a 

surface-to-surface contact. The failure 

criterion has normal failure stress and shear 

failure stress governed by [8] 

(
|  |

    
)
 
 (

|  |

    
)
 
    . (1) 

A general contact was defined to represent 

contacting surface between rigid die, 

sheet/blank, die, frame, polyurethane pad and 

circular disc. The locating screws that ensured 

the sheet was in place were defined by a tied 

contact at nodes in the region of these screws. 

The frame was constrained in all degrees of 

freedom. The die and circular disc were 

constrained to move only in the vertical 

direction and a prescribed motion was defined 

on the disc to define the stroke/travel. The 

lower surface of the polyurethane pad was 

constrained. The forming force for a given die 

travel was extracted. Other direct outputs like 

material thinning, overall stress and 

deformation plots were also extracted. The 

springback angle can be estimated in post-

processing by measuring the distance between 

reference nodes. Failures in the individual 

layers of the hybrid component or bond failure 

between the aluminium and composite were 

reported. 

3.3 Validation of Modelling Methodology 

The developed numerical model was validated 

by comparing the springback angle determined 

from an analytical model [13] that derives the 

springback factor Ks. Using bend radii R, bend 

angle α, Young modulus E, thickness of sheet 

T and yield strength YS; the springback factor 

Ks can be found approximately from: 

   
  
  
 
  
  

 

  (
     

   
)
 

  (
     

   
)    (2) 

to estimate the springback factor in terms of Ri 

and Rf, where i and f are before and after effect 

of springback. A springback factor of Ks equal 

to 1 means no springback. In this comparison, 

aluminium grade 6061-T6 sheets of 0.5mm 

and 1.27mm were used, where the material 

properties are listed in 

Table 2. The evaluated bend radius is located 

at the bottom end of the hat shaped 

component, which was R3 as shown in Fig. 4. 

The springback angle estimated by FEA and 

analytical model for the aluminium sheets are 

shown below in Table 5. The differences of 

springback angle between the analytical model 

and explicit FEA are 0.21º for 0.5mm and 

0.22º for 1.27mm. It is conclusive that the 

FEA model predicts the springback 

consistently for the various thickness of 

aluminium 6061-T6 sheets.   

Table 5. Comparison of springback angle. 

Aluminium  

6061-T6 

Thickness (mm) 

Springback angle(º) 

Analytical model Explicit FEA 

0.5 3.99 4.2 

1.27 2.5 2.72 

4 Results  

The modelling methodology was employed to 

calibrate the experimental RPF setup in 

Section 3.1 such that the GLARE formation 

can be completed well within the maximum 

limits of forming force and tool travel. The 

calibrated setup was then utilised for GLARE 

formation and the formed GLARE was 

analysed numerically and experimentally.  

4.1 Calibration of Experimental RPF Setup 

Aluminium grade 6061-T6 sheets of thickness 

0.5mm were also used to calibrate the 

experimental RPF setup. Two different 

investigations were conducted using the 

modelling methodology, where the first 

examined the flexible die behaviour during 

RPF and the resultant forming force. The 

second study was conducted to analyse the 

formed aluminium sheets. In the FEA model, 

the tool travel was set to be 34mm that covers 

the depth of the hat profile.  

4.1.1 Investigation of Flexible Die Behaviour 

during RPF 

The flexible die behaviour was investigated 

using two cases, where one was based on the 

experimental RPF setup while the other was 

the setup with the addition of a steel frame to 

confine or restrict the movement of flexible 

die to the direction transverse to the tool 

travel. The flexible die was modelled as three 

unbonded layers with the same thicknesses and 

stacking orientation given in Fig. 5 and 

Section 3.1. The steel frame was modelled as 
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rigid. Fig. 7 shows the flexible die behaviour 

in RPF, where (a) and (b) are the pre and post 

RPF when the flexible die was not confined 

while (c) and (d) are the pre and post RPF 

when the flexible die was confined by the steel 

frame. In the comparison between the two 

cases, addition of the steel frame to the RPF 

setup reduced the excess space due to 

unbonded layers of flexible die and thus 

provided a higher force concentration on the 

bend radii at the same tool travel. The addition 

of a steel frame would affect the forming 

force. The forming force based on these cases 

was extracted and was shown in Fig. 8. A 

lower forming force was required when the 

steel frame was incorporated as compared to 

RPF without the steel frame. 

 

Fig. 7. Graphical interpretation of RPF without 

frame [(a) pre and (b) post] and with frame 

[(c) pre and (d) post]. 

 

Fig. 8. Forming force with and without steel 

frame. 

Experiments were then conducted to confirm 

the findings from this investigation. A steel 

frame with internal area of 250mm x 250mm 

and thickness of 10mm was constructed and 

adopted to the experimental setup. When the 

steel frame was not utilised, a forming force of 

230kN and 125mm tool travel were required 

for aluminium sheets to be formed and the 

formed aluminium sheets deviated from the 

required profile as there was significant 

springback. Meanwhile, a lower forming force 

of 80kN was required when the steel frame 

was used in the experimental setup. Similarly, 

the required tool travel was also reduced to 

roughly 34mm.  

4.1.2 Analysis of Formed Aluminium Sheets 

The formed aluminium sheets in this analysis 

were based on the RPF setup with the steel 

frame. As shown in Fig. 9, it was seen in the 

analysis that the flexible die was not able to 

reach to bend radii along the web of the hat 

profiles. Hence it was required to make sure 

that the rubber pad could compress into these 

edges effectively. Two rubber pad wedges 

were cut as per the die profile, as depicted in 

Fig. 10, to ensure it would compress along the 

hat profile webs. These additional pads were 

glued to the underlying layers of flexible die. 

Experiments were also conducted to 

investigate the performance of the rubber pad 

wedges. Fig. 11 shows the formed aluminium 

sheets using the RPF setup with and without 

the rubber pad wedges. The springback angle 

of the sheet formed without the rubber pad 

wedges is greater than the sheet formed with 

the rubber pad wedges. 

 

Fig. 9. Flexible die unable to form along tight 

bend radii. 

 

Fig. 10. Additional pads provided to match 

rigid die profile. 
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Fig. 11. Formed aluminium sheets with and 

without rubber pad wedges 

Thus, the resultant springback from the 

calibrated experimental RPF setup was 

primarily due the constituting material and 

because the rigid die was manufactured to 

dimensions of the hat profile without any 

springback allowance.  

4.1.3 Investigation of Flexible Die Layers in 

Numerical Model 

The Guerin method was usually applied with 

one layer of flexible die. Thus, the 

investigation of the unbonded flexible die 

layers was revisited using the numerical model 

to ensure that the flexible die behaviour was 

similar to one layer of flexible die. The 

flexible die was modelled in two different 

representations, which are the unbonded layers 

and one single layer. Fig. 12 shows the 

comparisons, which indicated that the model 

with unbonded layers provided slightly higher 

forming force at the beginning of tool travel. 

This is possibly due to additional force 

required to cover the excess space from the 

unbonded condition. The movement flexibility 

of the unbonded layers also allow additional 

volume concentrated at the bend radii from the 

beginning and resulted in less forming force 

required at the end of tool travel. At tool travel 

of 34mm, however, the same amount of 

forming force is required to form the sheet. 

 

Fig. 12. Forming force comparison for single 

and three layers of flexible die. 

The difference between bonded and unbonded 

condition is further illustrated in Fig. 13. The 

advantage of using three layers is that they 

could be reused for other profiles and the top 

thin layer can be replaced after significant 

wear. 

 

Fig. 13. Graphical interpretation of RPF with 

one [(a) pre and (b) post] or three [(c) pre and 

(d) post] layers of flexible die. 

4.2 FE and Experiment Analysis in GLARE 

Formation using RPF 

The GLARE formation using the calibrated 

RPF was first conducted based on the 

dimensions and the corresponding force given 

in Table 6 prior to GLARE formation of the 

full size component of 120mm x 98mm. The 

minimal force was based on numerical 

analysis to compress the flexible die 

completely over the rigid die along all bend 

radii while forming GLARE 2A. This exercise 

was required to investigate failure on the 

formed specimen and also to determine the 

required forming force to form the full size 

component.  

Table 6. Test matrix for GLARE formation. 

GLARE 2A Forming force (kN) 

25mm x 98mm 80 

25mm x 98mm 123 

25mm x 98mm 205 

Optical microscope images are shown in Table 

7 for the three GLARE specimen formed with 

different forming forces. The images 

correspond to the bend locations i.e. top and 

bottom. There was no visible damage in the 

metallic or composite layers. Thus, analysis of 

the experimental results indicated that, 

forming forces higher than 80kN had no or 

minimal change in the form of the profiles. 

The failure modes of GLARE specimen during 

forming listed in Table 8 was also not visible 

for all the different forming forces.  

Without wedges With wedges 
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Table 7. Images extracted from optical 

microscope after RPF. 

Specimen 
Top Bend Radii 

(R3mm) 

Bottom Bend 

Radii (R4.6mm) 

GLARE1

-80kN 

  

GLARE2

-123kN 

  

GLARE3

-205kN 

  

Table 8. General failure modes during forming 

for FMLs [14]. 

Failure mode Location Example 

Cracked metal 

layer of a v-bend 

specimen 

Outer Metal 

 

Matrix cracks Matrix 

 

Fibres failed in 

compression 

(kinks) 

Centre of bend 

line 

 

Fibre tension 

failure 

Can initiate 

delamination 
 

Delamination 

Buckling 

Compressive zone 

in forming  

Inter-laminar 

Shear 

Centre line of 

maximum shear 

stress  

Edge 

delamination 
Specimen Edge 

 

Rubber pad forming is highly beneficial as no 

wrinkling is seen due to uniform application of 

pressure as compared to other forming 

process. The thinning is also minimal and in 

Table 9 it can be seen that for different 

forming forces the thickness variation is 

minimal.  
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Table 9. Thickness at bend radii. 

GLARE 2A 

Average Thickness (mm) 

Bottom Radii 

(R3mm) 

Top Radii 

(R4.6mm) 

80kN 1.105 1.078 

123kN 1.084 1.089 

205kN 1.096 1.070 

Fig. 14 shows the y-deformation at die travel 

of 42mm, which indicates that the GLARE 

sheet along tight bend radii was fully formed. 

At 42mm, the corresponding forming force in 

this numerical analysis was 132kN of forming 

force. The die travel was adopted to the full 

GLARE component formation.   

 
Fig. 14. Y-Deformation at die travel of 42mm. 

Based on successful calibration of the rubber 

pad forming process for GLARE and results 

from numerical analysis, it is evident that the 

procedure can be used to form samples that 

can be used for realistic applications. The 

holes on the full size GLARE component for 

clamping were drilled with 2 fluted drills as 

twist drills can delaminate the FMLs. The RPF 

process was performed on GLARE sheet in 

tool travel of 41.8mm which resulted in 

forming force of 120kN. The formed specimen 

is shown in Fig. 15. The springback in 

GLARE 2A having 3/2 layup is measured to 

be 2.25⁰ that is less than 0.5mm thick 

aluminium 6061-T6, which had a springback 

of 4.2⁰. Fig. 16 shows the differences of 

springback when the formed 0.5mm thick 

aluminium 6061-T6 was stacked on top of the 

formed GLARE 2A. 

The forming force (kN) to tool travel (mm) is 

compared for the experimental and numerical 

analysis. From Fig. 17 we can see that the 

numerical model is able to predict the forming 

force and tool travel accurately as compared to 

the experimental setup. The modelling 

methodology adopted could be used to 

simulate and predict formability of FMLs like 

GLARE using the rubber pad forming process. 

 
Fig. 15. GLARE hat profile formed using RPF. 

 
Fig. 16. Springback in GLARE and 0.5mm Al 

sheet. 

 

Fig. 17. Comparison of forming force 

estimated from explicit FEA and experiments. 

The rubber pad is able to deform the specimen 

completely on to the die as in the sectioned 

view in Fig. 18, and there has been only 5-6% 

thinning as shown in plots extracted from Ls-

Prepost in Fig. 19. The springback was 

measured to be less than 3° as shown in Fig. 

20. 
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Fig. 18. Deformation at maximum die travel. 

 
Fig. 19. Fringe level distribution that indicates 

thinning variations of the formed GLARE.  

 
Fig. 20. Springback of 2.25° measured in LS-

DYNA. 

5 Summary 

It is concluded that rubber pad forming is a 

feasible technique to form doubly curved 

trapezoidal energy absorbing GLARE 

components. Numerical analysis can 

accurately predict the complicated rubber pad 

forming process with high accuracy. Minimal 

thinning of less than 6% is observed in this 

process with no wrinkles. The forming force 

and tool travel estimated by numerical analysis 

shows good comparison with that estimated 

experimentally.  

The methodology adopted to estimate the 

formability of fibre metal laminate like 

GLARE in the explicit finite element analysis 

is proven to be a fast, cost effective tool to 

design and develop the forming process. The 

finite element analysis methodology can easily 

be extended to design other GLARE 

components using the rubber pad forming 

technique. 

Future work will be focused on forming the 

hat profile to dimension by accounting for 

springback effect.  
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1 Introduction 

Failure prediction in structures containing carbon 

fiber polymer matrix composites is complicated by 

the various scales at which damage and failure can 

occur.  In order to understand and predict how a 

composite structure will fail under a complex 

thermomechanical load, a variety of mechanisms at 

different scales must be taken into account.  At the 

microscale, where fibers and matrix are modeled as 

discrete constituents, temperature changes induce 

stresses due to the thermal expansion mismatch 

between the constituents.  Interactions between these 

thermally-induced stresses and stresses from 

mechanical loading change the apparent strength of 

tows or laminas when observed at larger scales.  

Failure at the microscale is further complicated by 

the inherent randomness that characterizes the 

arrangement of individual fibers.  This leads to 

enhanced stress concentrations where fibers are in 

very close proximity to one another.  These stress 

concentrations will have a significant effect on 

extreme-driven phenomena such as failure. 

At the intermediate scale (often referred to as the 

meso-scale) in which the fibers and matrix are 

homogenized, but individual tows (or lamina, in the 

case of tapes) are modeled discretely, thermal loads 

can further influence whether a given mechanical 

load will cause failure.  This is due to thermally-

induced stresses that arise from the thermal 

expansion mismatch between the different tows and 

the neat matrix pocket. 

Several previous studies have focused on failure at 

the microscale with the goal of characterizing failure 

at larger scales in the composite [1–3].  Recently, 

there have been a number of investigations into 

microscale failure utilizing random microstructures 

[4–6].  The current work builds on these 

investigations by using a model of the random fiber-

matrix microscale to investigate how thermally-

induced stresses change the apparent strength of 

tows. 

Failure investigations at the scale of textile unit cells 

have also been conducted for some time [7–9].  

Recent work has introduced methods for discretely 

accounting for matrix cracking in the tows of a 

plain-weave composite under a variety of multiaxial 

loadings using a cohesive zone model [10].  The 

current work incorporates information regarding the 

uncertainty and thermal dependence of failure at the 

fiber-matrix microscale into this larger-scale 

analysis. 

The primary goal of this work is to demonstrate an 

approach for integrating models at these two scales.  

A description of the configuration at each scale is 

given along with the methods used to communicate 

data from the microscale to the textile scale.  The 

progressive failure models are described as well as 

the material properties utilized in the analyses.  

Several issues are then investigated using the 

microscale model.  The first is determining the effect 

of RVE size on failure predictions.  The second 

major issue is the determination of microscale 

strength parameters that cause the fiber-matrix 

model to predict tow strengths for the composite that 

match experiments for unidirectional tape laminates.  

It is assumed that the strength of an individual tow 

and a unidirectional tape are comparable.  For a 

given realization of the random microstructure, the 

“tow strength” is defined to be the maximum 

volume-averaged stress attained by the fiber-matrix 
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model as it undergoes damage.  An inverse approach 

is utilized to identify the appropriate microscale 

strengths.  This study also includes an investigation 

into the effect of different approaches for degrading 

failed material.  Once appropriate microscale 

strength parameters are identified, the fiber-matrix 

model is utilized to characterize the dependence of 

the tow strength on changes in thermally induced 

stress.  Information from these investigations of the 

fiber-matrix microscale is then applied to a 

progressive failure analysis of a textile unit cell. 

2 Multi-scale Modeling Approach 

Fig. 1 illustrates the way that data flows between the 

different scales.  The local stress and strain fields in 

the textile unit cell correspond to the volume-

averaged stress and strain in the fiber-matrix 

microscale.  Linear analyses at the microscale yield 

the elastic moduli of tows.  Progressive failure 

analysis of the fiber-matrix microscale is utilized to 

predict the stresses at which a tow will fail.  This 

analysis includes a thermally-induced stress field to 

capture its effect on tow failure.  The microstructure 

is generated through a method described in [11].  

The resulting microstructural realizations possess the 

following salient characteristics: 

 Randomly positioned fibers 

 Fibers in very close proximity to one 

another, which leads to large stress 

concentrations 

 Periodicity in the geometry and mesh, which 

simplifies the application of periodic 

boundary conditions described in [12] 

The presence of randomness in the microstructure 

requires an ensemble of progressive failure 

simulations to be run.  Each simulation in the 

ensemble is for a different realization of the 

microstructure.  This yields a collection of tow 

strength values that are fit with a Weibull 

distribution.  The probability density function for a 

Weibull distribution is given by  

      1
0

0 0

k
k x

k
x

e x
f x

x

 

  




 (1) 

where k is the scale parameter and λ is the shape 

parameter.  The computational cost of simulating 

each realization is reduced by exploiting the quasi-

3D nature of the displacement field to reduce the 

analysis to a two-dimensional domain as described 

by Pipes and Pagano [13]. 

Once strength distributions have been characterized 

using the fiber-matrix model, they can be used to 

predict matrix failure of the composite material at 

larger scales where the fibers and matrix are 

homogenized, such as the tows in a textile unit-cell 

model.  The current investigation is for a plain-

weave textile composite with a waviness ratio of 1/9.  

Waviness ratio WR is related to the unit cell 

dimensions shown in Fig. 1 by 

 
t

WR
w

  (2) 

This textile unit cell has been utilized in a variety of 

previous studies [8], [14], [15].  Transverse strength 

values for the tows are seeded at quadrature points 

using the tow strength distribution from the fiber-

matrix model.  In this way, both strength variability 

due to the randomness of the fiber positions and the 

effect of thermally-induced stresses at the fiber-

matrix scale are incorporated into the textile-scale 

analysis.  The methods investigated here are also 

applicable to tape laminates. 

3 Progressive Failure Modeling 

This section describes the methods utilized to model 

progressive failure in both the fiber-matrix model 

and the textile unit cell.  The microscale fiber-matrix 

model utilizes a quadrature point degradation 

approach applied to the matrix.  Fiber failure is not 

considered.  This simple damage model was deemed 

appropriate for these early investigations into the 

behavior of this fiber-matrix model.  Damage in the 

textile unit cell is modeled using cohesive zones. 

3.1 Christensen Failure Criterion  

Damage in the fiber-matrix model is accounted for 

by degrading elastic properties at quadrature points 

in the matrix that undergo failure.  The isotropic 

failure criterion of Christensen [16] is used to predict 

when local failure occurs in the matrix.  This two-

part criterion is given by 

 

21 1
1VM
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 if T
2

I

C
T    (4) 

T and C are the tensile and compressive material 

strengths, σkk is the trace of the stress tensor, σVM is 

the von Mises stress, and σI is the largest tensile 

principle stress.  The second criterion only applies 

for values of T and C which satisfy the inequality in 

Eq. (4).  According to Christensen, failure predicted 

by the criterion of Eq. (4) will always be brittle in 

nature.  The criterion in Eq. (3), however, can 

indicate brittle or ductile failure depending on the 

magnitude of the hydrostatic stress according to 

 

Ductile
3 3

Brittle
3 3

kk

kk

C
T

C
T





 

 

 (5) 

Essentially, failure under strongly hydrostatic stress 

tends to be brittle while failure under strongly 

deviatoric stress tends to be ductile. 

Two different property degradation models are 

examined in the current study.  The first disregards 

the brittle or ductile nature of failure and scales the 

stiffness of any failed quadrature point by a factor of 

1e-6, essentially deleting it.  The second approach 

that is utilized scales the stiffness at each quadrature 

point in the matrix by a factor (1.0-d), where d is a 

damage parameter that starts with an initial value of 

zero and increases monotonically to one.  For brittle 

failure d = 1.0-1e-6 (which results in the same 

stiffness drop as the first degradation method).  

However, for ductile failure, d is increased by a 

value of 0.001 each time the failure criterion is 

exceeded at a quadrature point.  This modification to 

the degradation should better reproduce the gradual 

redistribution of stress that occurs around a location 

which undergoes ductile failure. 

3.2 Cohesive Zone Formulation 

In the textile unit cell, damage is accounted for 

through the use of interfacial elements with opening 

governed by the cohesive zone formulation of Turon 

et al. [17]. The reader is referred to that work for a 

full description of this formulation.   

The traction-separation behavior of the cohesive 

interface is governed by a bilinear traction-

separation law illustrated in Fig. 2.  In equation 

form, this traction-separation law takes the form 

  
1 1

2 2

1

n n

t p t

t t

d K







   
   

     
   

   

 (6) 

τ is the traction and Δ is the opening displacement.  

Kp is a large penalty stiffness that resists crack 

opening before failure.  d is a damage parameter that 

increases monotonically from zero to one as the 

cohesive zone opens.  The subscripts n, t1, and t2 

indicate the normal and two tangential directions 

relative to the interface. 

As the opening increases, the damage parameter d is 

related to Δ
eff

 (the Eucledian norm of the opening 

displacement), Δ
0
 (the effective opening at which 

softening starts), and Δ
f
 (the effective opening at 

which the interfacial traction goes to zero) through 

the following relationship 

 
 
 

0

0

f eff

eff f
d

  

  

 (7) 

The evolution of the damage parameter d is 

irreversible throughout the entire analysis.  If Δ
eff

 

decreases at some stage of an analysis, d remains 

constant until Δ
eff

 increases again beyond its 

previous maximum level 

In order to facilitate incorporation of this 

formulation into the current progressive failure 

algorithm, one significant modification has been 

made to the formulation put forward by Turon et al.  

In the current implementation, the effective opening 

Δ
eff

 used to calculate d is only permitted to attain one 

of 50 equally-spaced values ranging from Δ
0
 to Δ

f
.  

Without this modification, the damage iteration 

portion of the progressive failure algorithm takes an 

exceedingly large number of iterations to converge 

due to the fact that each iteration can result in an 

arbitrarily small increase in damage and degradation 

of the cohesive interface.  Investigations have shown 

that this modification introduces negligible error into 

the analysis. 

Interface elements are inserted into the textile unit 

cell mesh along likely crack paths.  Fig. 3 gives 

some detail of the textile unit cell mesh, and Fig. 4 

shows the locations in the y-direction tow where 
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cohesive zones are inserted.  Additional cohesive 

zones are located in the x-direction tows, neat matrix 

pockets, and on all material interfaces. 

3.3 Progressive Failure Executive 

Both the micromechanics and textile unit cell 

progressive failure models are implemented using 

the following progressive failure procedure: 

1) Increment the load 

2) Perform damage iterations for current load 

a) Solve for the equilibrium displacements 

using the current damage state 

b) Examine the stress state at each matrix or 

cohesive zone quadrature point and increase 

the degradation if necessary 

c) If degradation increased for any quadrature 

point, return to step 2a 

d) If there was no increase in degradation for 

any quadrature point, output data for the 

loadstep and exit the iterative loop (go to 

step 3) 

3) If the maximum load has been exceeded or this 

load step resulted in a 20% or greater drop in the 

model’s effective stiffness, stop the analysis.  

Otherwise, return to step 1 

4 Material Properties 

Material properties are the means by which the two 

scales are linked.  The following sections describe 

the properties utilized in both the fiber-matrix and 

textile unit cell models.  Elastic properties are 

provided along with the cohesive zone parameters. 

4.1 Elastic Properties 

The material system being investigated consists of 

IM7 fibers and 8552 epoxy matrix.  The elastic 

material properties for the constituents are given in 

Table 1.  The matrix properties are those for neat 

8552.  The transversely isotropic fiber properties 

were obtained through an inverse problem using the 

currently described fiber-matrix microstructure.  

Fiber properties were identified which caused the 

microscale model to predict elastic properties that 

matched IM7/8552 lamina properties given by 

Jumbo et al. [18].  The thermal expansion 

coefficients for the fibers were found experimentally 

by Kulkarni and Ochoa [19]. 

Elastic properties for tows with Vf=60% were 

obtained using the fiber-matrix model and are given 

in table 2.  The properties for the neat matrix pockets 

in the textile unit cell are the same as those used in 

the fiber-matrix model. 

4.2 Cohesive Zone Properties 

The following material properties are needed for the 

cohesive interfaces: 

 GIc and GIIc: Critical strain energy release 

rate under mode I and mode II type openings 

 η: A shape parameter defining Gc under 

mixed mode opening 

 0

n  and 0

t : The normal and tangential 

cohesive strengths 

 Kp: Penalty stiffness, which is specified to 

2e15 Pa/m for all materials 

The properties used for the cohesive zones in the 

current study are given in table 3.  Many of these 

values are not specified in the literature, requiring a 

number of assumptions to be made where noted.  A 

discussion of these assumptions is provided in [10].   

As noted in table 3, the cohesive strengths for the 

intra-tow cohesive zones come from the fiber-matrix 

model.  These cohesive strengths correspond to 

transverse tensile and shear strength of the tow.  

Therefore, they are determined from the Weibull 

strength distributions which are obtained using the 

fiber-matrix microscale analysis.  At the beginning 

of the textile analysis, cohesive strength values are 

seeded at the quadrature points for the intra-tow 

cohesive zones using these distributions. 

5 Results 

The following sections describe the results of 

investigations performed using the progressive 

failure models of the fiber-matrix RVEs and the 

textile unit cell. 

5.1 Microscale Behavior 

First, the effect of RVE size on the apparent strength 

of the fiber-matrix was investigated to determine an 

appropriate RVE size.  Then, the inverse problem of 

determining apparent matrix strengths was 

undertaken.  Finally, these strengths were used to 

study how the tow strength distribution is affected 
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by changes in the thermally-induced stress.  The 

following subsections describe these investigations. 

5.1.1 Dependence on RVE Size 

One of the challenges associated with performing 

failure analysis on a random microstructure is the 

issue of RVE size dependence.  Because failure is an 

extreme-driven phenomenon, it is expected that for a 

given RVE size, the predicted tow strength will 

exhibit greater scatter than properties such as 

effective elastic moduli.  Therefore, a study was 

undertaken to determine how the tow strength 

distribution changes as the RVE size is increased.  

This study examined failure under transverse tensile 

loading using the quadrature point deletion 

degradation model. 

To accomplish this study, T and C were assigned 

values of 150 MPa, which is within the range of the 

strengths observed for tests on neat epoxy resins.  

Subsequent investigations showed that the nature of 

the tow strength dependence on RVE size was 

unchanged for significantly different values of T and 

C.  Progressive failure analyses were performed for 

RVEs containing from 25 to 800 fibers.  For each 

RVE size, at least 200 realizations were run and a 

Weibull distribution was fit to the resulting tow 

strengths.  The probability density functions of these 

distributions are compared to one another in Fig. 5. 

Several trends were noted in the strength distribution 

as the RVE size increased.  The first was a decrease 

in the width of the distribution – as the RVE size 

increases, the predicted tow strength becomes more 

certain.  The second trend that was noted was a 

downward shift in the strength distribution as RVE 

size increases.  However, the lower-end of the 

distributions appeared to be fairly consistent for all 

RVE sizes.  This characteristic suggests that there 

are features which can exist in the microstructure 

that tend to decrease an RVE’s strength.  As RVE 

size increases, the likelihood of such a feature 

existing in a given realization increases.  This has 

the effect of driving the average strength downwards 

towards a “minimum” strength value as the RVE 

size is increased. 

Assuming that the observed trend continues, a very 

large RVE would have a strength that is near the 

lower end of the strength distribution obtained from 

smaller RVE sizes.  Therefore, if one is attempting 

to develop a progressive failure micromechanics 

model based on strength data from experiments 

(which are performed on specimens which are 

essentially very large RVEs), the experimental 

strength value should match the lower end of the tow 

strength distributions from smaller RVE sizes. 

Based on these findings and due to computational 

constraints, it was decided to utilize an RVE size of 

100 fibers for the subsequent studies into behavior at 

the scale of the fibers and matrix. 

5.1.2 In-Situ Matrix Strength 

The next aspect of the fiber-matrix model that was 

investigated was the determination of matrix 

strengths T and C.  The goal was to determine matrix 

strengths that cause the fiber-matrix model to predict 

tow strengths that match experiments.  The 

experimental values used were lamina strengths 

under transverse tension and in-plane shear loading.  

The fiber-matrix model consisted of a collection of 

over 200 realizations of RVEs containing 100 fibers 

each.  Based on the findings of the RVE size study, 

it was decided to match the 5
th
 percentile of the 

strength distribution from the fiber-matrix model 

(i.e. the value that is greater than 5% and smaller 

than 95% of the realizations’ strengths) to the 

experimental strength for both loadings. 

For IM7/8552, the experimental strengths are 60 

MPa for transverse tensile loading and 90 MPa for 

in-plane shear loading [18].  A temperature change 

of ΔT=-160 °C was applied to the microstructure to 

account for the thermal stresses resulting from post-

cure cooling [20].   

The matrix strength values were determined through 

an iterative linear root-finding procedure.  The 5
th
 

percentile tow strengths were obtained for transverse 

tensile loading and in-plane shear using three 

different sets of values for the matrix strengths T and 

C.  A new estimate for T and C was then made using 

linear interpolation based on the errors in the 5
th
 

percentile tow strengths.  This new estimate for T 

and C yielded tow strengths that were much closer to 

the experimental values.  This process was repeated 

until the 5
th
 percentile tow strengths were within one 

MPa of the experimental values. 
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Several iterations of this process yielded matrix 

strength values of T=239 MPa and C=2601 MPa for 

the quadrature-point deletion degradation approach.  

The histographs and probability density functions 

for the tow strengths are given in Fig. 6. These 

matrix strength values, particularly the compressive 

strength, are unreasonably large for a polymer.  It 

was noted that matching the tow shear strength to 

experimental values was the primary reason for the 

large value of C.  If only transverse tension were 

considered, lower values of T and much lower 

values of C would yield an appropriate tow strength.  

For instance, T=220 and C=300 yielded a 5
th
 

percentile tow transverse tensile strength of 67 MPa, 

but a 5
th
 percentile tow shear strength of only 32 

MPa.  Because of these issues, further investigation 

was made into the behavior of the fiber-matrix 

model under shear. 

It has been widely observed that composites fail in 

very different ways under transverse tension and 

shear.  Transverse tensile loading of a composite 

leads to brittle failure dominated by rupture of the 

matrix and failure of the interfaces between fibers 

and matrix.  Investigations [21] have shown that the 

reason for this brittle behavior is the strongly 

hydrostatic stress-state of the matrix in regions 

between fibers when transverse tensile loading is 

applied. Even the most ductile materials, when 

subjected to purely hydrostatic loads, will fail in a 

brittle manner.  The local stresses that develop in a 

composite under in-plane shear loading, however, 

are entirely different. 

Under shear loading, composite laminates have been 

widely observed to undergo highly nonlinear stress-

strain behavior.  This is because the stresses that 

develop in the matrix lead to ductile behavior 

locally.  It was observed from the fiber-matrix model 

that under pure longitudinal shear loading, all local 

normal stress components in the microstructure were 

identically zero everywhere, meaning that according 

to Eq. (5), matrix failure under pure shear will 

always be ductile in nature.  The simple quadrature 

point deletion approach to degradation does not 

accurately represent the gradual redistribution of 

loads that occurs when this ductile failure occurs in 

the matrix.  As a result, this degradation approach 

predicts brittle failure of the composite under both 

transverse tension and shear, as shown in Fig. 7.   

In order to more accurately represent the behavior 

observed in composites under shear, the degradation 

model was modified to gradually decrease material 

stiffness under ductile failure.  This approximates 

the gradual redistribution of stress around material 

which is undergoing ductile failure better than 

quadrature point deletion, albeit at a significant cost 

in computation time due to a large increase in the 

number of damage iterations required for each load 

step.  Using this gradual degradation procedure, 

matrix strengths of T=128 MPa and C=204 MPa 

yielded 5
th
 percentile tow strengths within 1 MPa of 

experimental values.  Fig. 8 shows the resulting 

effective stress-strain behaviors. 

These values for matrix strength are far more 

realistic than those obtained using the quadrature 

point deletion method.  Furthermore, this gradual 

degradation approach results in nonlinear stress-

strain behavior under shear (Fig. 8b).  This behavior 

bears much stronger resemblance to experimentally 

observed behavior than that seen for quadrature 

point deletion (Fig. 7b).  When using quadrature 

point deletion, matrix strengths of T=128 MPa and 

C=204 MPa result in a 5
th
 percentile tow shear 

strength of less than 30 MPa.  This suggests that 

under shear loading, the use of a quadrature point 

deletion scheme causes failure to occur suddenly at a 

much lower stress level than it would in reality.     

Additionally, it was observed that the gradual 

degradation model did not change the brittle nature 

of failure under transverse tension (Fig. 8a), 

indicating that this degradation model is appropriate 

for both load cases. 

5.1.3 Effect of Thermal Loading 

Once matrix strengths were determined for the 

micromechanics model, failure of the tows under 

transverse tension was examined for four 

temperatures.  This was done using the quad-point 

deletion approach.  The use of gradual quad-point 

degradation will be the subject of future studies.  

This and subsequent investigations in this paper 

focused on the transverse tensile failure of the 

composite, which appeared to be fairly well behaved 

for both degradation approaches (in contrast to shear 
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failure).  In these models, only the influence of 

thermally-induced stress is examined – property 

dependence of the matrix on temperature is not 

considered.  This study allows the effect of thermal 

stresses on the tow strength distribution to be 

characterized.  At each temperature, an ensemble of 

over 200 realizations of 100 fiber RVEs was run and 

the tow strength distribution was obtained.  The 

stress-free cure temperature was assumed to be 180 

°C.  Temperatures of 20 °C, 70 °C, 120 °C, and 170 

°C were examined.  Fig. 9 shows the 5
th
, 50

th
, and 

95
th
 percentile values from the strength distributions 

at each of these temperatures. 

There was a slight increase in predicted strength 

going from 20°C to 50°C, after which further 

temperature increase results in an overall decrease in 

tow strength.  Although the temperature dependence 

of the strength is moderate, it is interesting to note 

that the maximum transverse tensile strength is 

obtained at a temperature well below the stress-free 

temperature.  This suggests that the thermally-

induced stresses from cure tend to strengthen the 

tows to a certain extent.  However, it appears that 

below a certain temperature, further cooling results 

in weakening of the tows. 

5.2 Textile Scale Behavior 

Once the tow strength distribution at a given 

temperature has been determined, that distribution 

can be utilized within larger scale analyses.  As 

described previously, this was accomplished by 

seeding the cohesive strength parameters at the 

quadrature points of the the intra-tow cohesive zones 

using the tow strength distribution from the fiber-

matrix model.  A progressive failure analysis was 

performed on the textile unit cell for a temperature 

of 170°C.  This temperature was selected because it 

represents a major departure from the temperature at 

which the fiber-matrix model was calibrated to an 

experiment.  The Weibull distribution for transverse 

normal strength at this temperature has a shape 

parameter of 19.68 and a scale parameter of 59.9 

MPa.  The shear strength distribution has a shape 

parameter of 6.847 and a scale parameter of 100 

MPa.  The probability density functions from Eq. (1) 

for these parameters are shown in Fig. 10. 

The textile was subjected to simulated normal 

loading along the x-direction (Fig. 1).  This load was 

expected to cause failure in the y-direction tows 

primarily due to transverse tension.  This loading 

will not result in the development of large shear 

tractions across the cohesive zones, and so any 

inaccuracy due to incorrect shear strengths should be 

small. 

Four different variations were examined for the 

textile model with tow strengths randomly seeded 

from the distributions of Fig. 10.  These were 

compared to models with uniform transverse tow 

strengths of 60 MPa (the experimentally determined 

strength for a unidirectional laminate at room 

temperature) and 51.5 MPa (the 5
th
 percentile tow 

strength from the fiber-matrix model simulations for 

170 °C). 

The resulting opening of the intra-tow cohesive 

zones for these different models is shown in Fig. 11.  

It was observed that the there was very little 

difference in the extent of cohesive zone opening 

between the different variations of models with 

randomly seeded strengths.  There are slight 

differences between the models with randomly 

seeded strengths and each of the models that have 

uniform tow strengths.  For all models, damage 

growth typically occurred in fairly distinct stages.  

As strain was increased, the total area of opened 

cohesive zones suddenly underwent a large increase 

over a small strain increment and then subsequently 

leveled off.  Then, at a higher strain, another sudden 

jump in opened cohesive zone area would occur.  As 

expected, these large jumps in open cohesive zone 

area tended to happen at lower strain levels for the 

model with a constant normal cohesive zone strength 

of 51.5 MPa and higher strain levels for the model 

with a constant strength of 60 MPa.  The major 

failure events for the models with variable strength 

tended to lie between the two constant-strength 

models, indicating that the presence of low-strength 

regions in the model does not result in large-scale 

development of damage at lower loads.  This may be 

because failure that starts in low strength regions is 

arrested once it grows to a higher strength region or 

because in the four examined realizations, low-

strength regions didn’t happen to correspond to 
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high-stress regions of the textile.  Further 

investigation is required to decisively address either 

possibility. 

6 Conclusions 

Investigations were performed at both the fiber-

matrix microscale and at the textile scale.  At the 

microscale, the investigation into the effect of RVE 

size on the tow strength distribution showed that 

larger RVE sizes had less variation in predicted tow 

strength.  Furthermore, the lower end of the tow 

strength distribution was consistent across all RVE 

sizes examined.  These findings suggest that larger 

RVE sizes are more likely to contain severe 

microstructural features that reduce their predicted 

tow strength.  This is informative regarding the issue 

of matching predicted tow strength distribution to an 

experimentally observed strength.  A unidirectional 

test specimen is in essence a very large RVE.  

Therefore, its strength as measured in experiments is 

most comparable to the lower-end of the tow 

strength distribution obtained using smaller RVE 

sizes. 

By performing a comparison between experimental 

observations and predictions from simulation, it was 

possible to determine strength parameters for the 

matrix which caused the fiber-matrix model to yield 

a tow strength matching experimental values.  This 

was accomplished through the solution of an inverse 

problem.  This study indicated a strong sensitivity to 

the selected degradation approach.  A simple 

quadrature point deletion approach yielded matrix 

strengths that were unrealistically large, especially 

the compressive strength.  These large matrix 

strengths were required to obtain appropriate tow 

strengths under shear.  Further investigation showed 

that this degradation approach did not predict the 

nonlinear stress-strain response that is typical of 

composites loaded in shear. As a result, the 

degradation model was modified to gradually apply 

degradation to the matrix under stress states that 

cause ductile failure.  This modification was 

observed to result in much more realistic stress-

strain behavior under shear.  Furthermore, the matrix 

strengths obtained using this degradation approach 

were much more realistic.  These findings highlight 

the importance in accurately representing the 

redistribution of stresses that occur due to local 

ductile failure of the matrix in the composite under 

shear loading, and indicate that failure to do so leads 

to premature prediction of transverse tow failure. 

Once appropriate matrix strengths were determined, 

the fiber-matrix model was used to investigate tow 

strength dependence on thermally-induced stress.  It 

was noted that the maximum tow strength was 

predicted at a stress between cure temperature and 

room temperature, indicating that the thermally-

induced stress from moderate post-cure cooling 

tends reduce the severity of the local stresses 

associated with transverse tensile loading, delaying 

failure of the fiber-matrix. 

The final investigation was for a textile unit cell 

model under uniaxial loading.  Strengths were 

assigned to intra-tow cohesive zone quadrature 

points using the distribution obtained from the fiber-

matrix model for a given temperature.  Predictions 

from these variable-strength models were compared 

to models with uniform transverse tow strengths.  

For the configuration investigated, there was very 

little variation in the extent of damage development 

between different seedings of the strength values.  

Furthermore, it was observed that the damage 

behavior of the model with varying strength values 

fell approximately between the behaviors of models 

with uniform tow strength values that did and did 

not account for effect of thermal stresses on tow 

strength.  This suggests that the presence of locally 

low strength values in the textile does not 

necessarily lead to the development of tow cracking 

at lower loads.  It remains to be determined whether 

this is because low-strength regions did not coincide 

with high-stress regions in the textile or because 

failure starting in low-strength regions is arrested by 

adjacent regions with higher strength. 
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Fig. 1. Data-flow in multi-scale analysis

 

 
Fig. 2. Bilinear traction separation law. 

 

 
Fig. 3. Textile mesh 

 
Fig. 4. Cohesive zone elements in Y tow 

 

 
Fig. 5. Probability density of strength for various 

RVE sizes 
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 (a) Transverse tension (b) Longitudinal shear 

Fig. 6. Distributions yielding appropriate 5
th
 % strengths 

 

  
 (a) Transverse tension (b) Longitudinal shear 

Fig. 7. Stress-strain behavior using quad-point deletion approach.  T=239MPa, C=2601 MPa 

 

  
 (a) Transverse tension (b) Longitudinal shear 

Fig. 8. Stress-strain behavior with gradual degradation.  T=128 MPa, C=204 MPa 
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Fig. 9. Transverse tensile tow strength variation (5

th
, 

50
th
, 95

th
 % values) with temperature 

 

 
Fig. 10. Probability functions of strength 

distributions used in textile unit-cell analysis 

 
  

 
Fig. 11. Cohesive zone opening in y tows for plain 

weave, T=170°C 

 

Table 1. Constituent properties for 

microscale model 

IM7 Carbon Fiber 8552 Epoxy 

E1 276 (GPa) E 4.67 (GPa) 

E2 22.4 (GPa) ν 0.35 

G12 12.0 (GPa) α 43.35e-6 (°C
-1

) 

G23 7.53 (GPa)   

ν12 0.274   

α11 -4.0e-7 (°C
-1

)   

α22 6.94e-6 (°C
-1

)   

 

Table 2. Elastic properties  

of IM7-8552 tow with vf=60% 

E1 167 (GPa) 

E2 11.6 (GPa) 

G12 5.23 (GPa) 

G23 3.87 (GPa) 

ν12 0.3 

α11 1.4e-7 (°C
-1

) 

α22 2.39e-5 (°C
-1

) 

 

Table 3. Cohesive interface properties 

Interface IcG  (N/m) IIcG (N/m)   
0

n (MPa) 
0

t (MPa) 

Inter-tow interface [20]  2.0e2 1.0e3 1.45 60 90 

Tow-matrix interface 2.0e2* 1.0e3* 1.45* 60* 90* 

Intra-tow crack 20 100 1.45 From fiber-matrix From fiber-matrix 

Intra-matrix crack [22] 6.8e2 1.0e3* 1.45* 120 180* 
*Assumed value not provided in literature 

 

ICCM19 3547



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 

 

1 General Introduction 

Woven fabric preforms are the reinforcing agent of 

several high performance parts in composite 

industries. In the dry form, they are formed into 3D 

surface geometries and consolidated with a matrix 

material using processes such as resin transfer 

moulding (usually for thermosets), thermostamping 

(for thermoplastics), and compression moulding [1]. 

Woven fabrics are composed of two main structural 

directions (warp and weft) which can have different 

relative angles during forming due to shear. The 

latter is the main deformation mode in forming 

fabrics and has a significant effect on the final 

(effective) material properties of the composite part, 

as well as the consolidation time during moulding by 

means of associated factors such as permeability [2].  

 

Earlier solid-mechanics based numerical studies 

have been conducted on the simulation of forming 

process of dry fabric reinforcements; e.g., [1], [3]. 

These models have mostly treated the process up to 

a (quasi)static or dynamic deformation of the dry 

fabric. It has been reported that in practice after resin 

cures there can be undesired deformations such as 

warpage and wrinkling that prevent producing net-

shape products [4], [5], [6]. In fact, although a fabric 

material may initially be perfectly draped around a 

mould with no wrinkles or defects, after the fabric-

matrix consolidation and de-moulding of the part, 

deviations from the mould geometry can be present 

and even lead to discarding the part by manufacturer. 

There may be a variety of sources to this 

dimensional infidelity, including manufacturing 

variabilities [4], thermal effects, chemical phase 

changes in the matrix as well as tool-part 

interactions [5]. Including all these sources in a 

single simulation model can be very complex and/or 

computationally expensive. However, looking at the 

effect of individual sources and studying some level 

of interactions between them can provide engineers 

with an initial insight toward proper ways to reduce 

dimensional problems in the final products.  

 

The aim of this article is to study the effect of two 

factors during the simulation of forming process of 

woven fabric reinforcements. The first one is the 

curing of the resin after the dry fabric is shaped into 

the mould. The second factor is an effect that has 

been rarely addressed for the forming process of dry 

fabrics: the stress relaxation in the dry fabric itself. 

To this end, two separate sets of simulations (called 

case studies 1 and 2) have been performed using 

compression moulding of a hemisphere part. Both 

effects are linked to stresses than can form during 

draping stage of forming, and simulated using an 

equivalent solid-mechanics based modeling 

framework for fast and yet effective preliminary 

sensitivity analyses. 

2 Forming of Textile Composites 

Textile composite parts are often manufactured by 

draping layers of dry or pre-impregnated preforms 

(mostly fabrics) into a 3D mould surface and then 

curing/consolidating the polymer resin around the 

reinforcements to from the matrix and provide a 

solid state of the composite part. Forming fabric 

reinforcements into a mould shape can be achieved 
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via different methods [6]. The use of a  

compression punch is  one of the widespread 

methods used for both thermoset and thermoplastic 

matrices [7]. During the compression moulding of a 

fiber-reinforced composite, the fabric is first draped 

into a preheated mould by applying force on the 

punch. The next step is the consolidation/curing of 

the resin under pressure and temperature to form the 

part. The third step includes the removal of the 

punch and demoulding the part. Figure 1 shows the 

geometry of a punch-die set used for this study, and 

Figure 2 shows the steps that a typical composite 

material undergoes under this process.  

 

The initial stage (draping) can induce internal 

stresses in the fiber yarns, and potentially some 

residual stress in the final part. More specifically, 

this stress state may or may not recover after 

removing the punch force and could result in 

undesirable deformations such as warpage after de-

moulding. Another interesting phenomenon that 

occurs during this process, particularly for the 

thermosetting composites, is the continued 

advancement of cure in parts that are taken 

prematurely out of the mould. This effect can 

increase the stiffness of the matrix over time and 

accordingly induce further residual stresses or even 

deformation during post-moulding stages (assembly, 

transportation, etc). The case studies here aim at the 

variation of the above type of residual stresses as the 

resin cures (case study 1) and as the reinforcing 

fabric relaxes (case study 2).  

3 Case Study 1: Simulating the Forming Process 

with a Curing Resin 

A simplified numerical approach is considered to 

simulate the compression moulding process in Fig. 2 

following the three stages of the manufacturing. For 

the first stage, it is assumed that the forming 

material (reinforcement) is made of shell elements 

with a non-orthogonal constitutive  behavior to 

represent the true nature of woven fabrics [8]. The 

shear and transverse stiffness of fabrics is very low 

compared to their axial stiffness in tension, and this 

should be taken into account when assigning 

material properties in the fabric models. In the 

second stage, after draping the fabric into the mould 

shape, all the effective stiffness values in the weft 

and warp directions are increased as a function of 

time to mimic the consolidation/curing of the resin. 

Eventually, in the last stage, the punch is retracted 

and the external force is removed from the 

composite part. It is expected that the combination 

of residual stresses stored inside the fiber yarns due 

to the initial forming stage as well as the enhanced 

stiffness values of the fiber-matrix mixture due to 

the second stage (consolidation) induces 

deformation in the part in the last step. Resin flow, 

thermal and chemical effects are not considered in 

the model. 

3.1 Dry fabric forming stage 

As addressed earlier, simulating the forming of dry 

fabrics is one of the challenging topics in the field 

due to their particular multi-scale material behavior 

nature. There are different approaches suggested for 

this type of simulations, among which the macro-

level approach is most common and computationally 

effective for large simulations [1], which was also 

selected here. In this approach, a conventional shell 

model is initially selected to represent the fabric 

material. However, material properties of the shell 

needed to be modified to represent a non-orthogonal 

material model behaviour that tracks the direction of 

yarns and establishes the correct structural directions 

along warp and weft yarns during forming. More 

closely, stiffness values along warp and weft as well 

as the trellising/shear stiffness between yarns should 

be calculated in the fabric local (non-orthogonal) 

coordinate system and then transferred to the regular 

stress values of the shell model in a global system 

[8]. The commercial Finite Element (FE) package, 

Abaqus [9] was used in the current study to apply 

the above transformations. Customized fabric 

constitutive models (e.g., nonlinear elastic) can also 

be defined using a VFABRIC subroutine in Abaqus 

[9]. Using this subroutine, a constitutive model from 

a previous research [8] on a glass/PP prepreg was 

implemented. Details of the model can be found in 

[8]. In summary,  
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i , i , id  and id  are the engineering strain and 

nominal stress and their increments along the warp 

and weft directions for {1,2}i  , respectively; 3 , 

3 , 3d  and 3d are the shear angle and shear 

stress and their increments. And ijC are the stiffness 

values that relate the above-mentioned stress and 

strain components. Figure 3a shows the shape of the 

fabric after forming into the mould. 

3.2 Consolidation stage  

At this stage the material is held inside the closed 

mould while the curing is progressed. This is 

simulated in the solid mechanics-based model by 

gradually increasing the stiffness values of the shell 

material to the level of consolidated yarns (which is 

a mixture of fibers and matrix). More specifically, 

the material properties of Polypropylene (PP) matrix 

with a 30% volume fraction were added to the 

stiffness values of the composite shell over time 

(Table 1). Figure 4 shows the schematic of the 

material stiffness change with time during the entire 

forming process. Figure 3b illustrates the state of the 

composite part at the end of the consolidation stage. 

As it can be seen from the contours in this figure, 

there are no notable changes in the fabric trellising 

(change of angle between warp and weft yarns). In 

more realistic simulation cases, when resin 

flow/thermal/chemical reaction effects are included 

in a model, more notable changes of trellising angle 

could be expected at this intermediate stage of 

forming.  

3.3 Punch retraction stage 

The last step after consolidation is extracting the part. 

During this step, retracting the punch to its original 

position induces a new state of residual stresses in 

the composite. This is due to the fact that fibers in 

the yarn were in tension from the punch force during 

the initial forming stage; in the current case yarns 

have experienced a strain level in the order of 5mε in 

the draping stage. After retracting the punch that 

tension could be removed if the fabric was dry and 

yarns were free to move. However, the fibers are 

now bonded to the matrix and cannot freely move to 

release this stress. Therefore, they induce some 

compression on the matrix while they are in a lower 

state of tension. This residual state of stress 

distribution can force the material to deform and 

cause a deformation in the final part. Figure 3c 

demonstrates the state of the composite shear strain 

after retracting the punch. Compared to Figure 3b, 

no notable angle changes in the direction of yarns 

can be seen. Looking at the displacement of the part 

along the direction of the punch (normal to the initial 

plane of the fabric), however, a more significant 

effect is noticed in the order of 2mm (Figure 5). 

Nonetheless, because of the simple geometry of the 

hemisphere dome and the fact that blank holder is 

not applying any force in the current simulation, 

there is not much tension induced in the yarns in the 

draping stage. In order to illustrate the effect of 

higher yarn tensions by means of a more complex 

geometry or stiffer yarns, another simulation with a 

fictitious axial stiffness of 9.0 GPa in tension (and 

0.9 GPa in compression) and 5.0 MPa in shear was 

run. Results of the latter simulation were added in 

Figure 5 and marked as stiff material.  

4 Case Study 2: Testing and Simulating the Stress 

Relaxation in Fiber Reinforcing Fabrics 

The woven fabric dry prepreg used in this case is a 

TWINTEX
®
 balanced plain weave, which is 

composed of yarns made of comingled E-glass and 

Polypropylene (PP) fibers with a glass weight 

fraction of 70%. Figure 6 shows the outcome of a 

uniaxial tension test as well as a shear frame test on 

the fabric at room temperature, including the 

relaxation zone after the crosshead displacement is 

fixed at the end of quasi-static test. The observed 

high relaxation behavior must be related to the 

polymeric nature of the constituent materials in the 

fabric (E-Glass and PP). Especially for the 

thermoplastic matrix (PP), extended studies are 

present in the literature on its creep and stress 

relaxation, which are significant even at room 

temperature [10]. Glass is also an amorphous (non-

crystalline) solid material and can be polymeric 

(such as acrylic glass, polycarbonate, polyethylene 

terephthalate), and hence contributing to the overall 

viscoelastic behavior of the composite. To 
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investigate the latter contribution more closely, 

Figure 7 shows the results of creep tests on the same 

glass/PP (70% Eglass, 30% PP) sample as well as a 

pure dry E-glass (100% glass) plain weave. Both 

samples were loaded slowly and held under a 

constant axial force of 100 N, while changes in 

strain value were recorded. Digital Image 

Correlation (DIC) was used for monitoring the strain 

in the region of interest which is the entire area 

colored by contours in Figure 8. It is worth adding 

that the stress relaxation can also partly be due to 

micro-level fiber movements in twisted filaments of 

the yarns.  

 

The measured relaxation of stress in the woven 

fabric reinforcements expands over a wide range of 

time and can possibly change the residual stress state 

and relative angle of fibers during composite 

forming. Also, it has been proven that the tensioning 

of yarns can have considerable influence on the 

shear stiffness of fabrics [11]. Hence, one can argue 

that the relaxation in shear and axial stress 

components of the fabric reinforcement and their 

coupling can contribute to the changes in the final 

composite properties and dimensions in a complex 

manner. The next section of this article investigates 

this stress relaxation effect during the same forming 

process presented in the previous section; however 

the tension-shear coupling effect is ignored in this 

particular study for simplicity (see [12] for more 

detailed discussions). 

4.1 Forming simulation with fabric stress 

relaxation 

For the tested TWINTEX
®
 fabric, a shell model was 

selected similar to the simulation in Section 3. The 

viscoelastic material properties were added to the FE 

code via a VFABRIC subroutine. The Zener 

viscoelastic constitutive model (standard linear solid 

model shown in Figure 9), was used to represent the 

stress relaxation in each yarn direction as well as the 

fabric shear. The formulation of the stress response 

in this model is as follows [13]: 

 

  1
1 2

ii
ii ii ii

ten ten

E
E E


  

 
     (4) 
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12 1 2 12 12

sh sh

G
G G


  

 
     (5) 

where ii  and ii are the nominal stress and strain 

along warp and weft directions for {11,22}ii  , 

respectively. 12 and 12 are the in-plane shear stress 

and strain values. 1E , 2E , 1G , 2G  are different 

components of the material stiffness; and 2 , 2  

are the effects from viscosity in tension and shear, 

respectively (Figure 9). 

 

Unknown constants in Eqs. 4 and 5 were found 

(Table 2) via a manual curve fitting by making the 

viscoelastic model agreeable to the experimental 

data as shown in Figure 6. Note that in Table 2 the 

nonlinear behavior of the fabric has been taken into 

account by considering the deformation-dependent 

elastic moduli. Results of running the forming 

simulation with the above material model are 

illustrated in Figure 10, where the draping takes 1 

second and the relaxation 0.25 second. An 

exponential trend of stress curves during the second 

stage where the mould is closed is noticeable in 

Figure 10. One interesting point is that the level of 

stress at point P1 on the part increases during the 

relaxation. This can refer to some further 

complexities of the composite behavior and perhaps 

the interaction between different regions of the part, 

taking into account the spatial distribution of initial 

tensions in the yarns and the following non-uniform 

relaxation. 

5 Concluding Remarks 

Forming of textile reinforcements and specifically 

dry fabrics is a main step in composite 

manufacturing. There are valuable researches in the 

literature on the subject of forming simulation of dry 

fabrics in thermo-stamping or similar manufacturing 

processes. However, there are other factors such as 

temperature and time-dependent curing of the resin, 

viscoelastic nature of the matrix and the dry yarns 

even at room temperature (which was shown here 

via stress relaxation and creep tests), the effect of 

fabric tension-shear coupling, resin flow, anisotropic 

thermal properties, etc., which need to be studied in 

more details in an integrated manner and linked to 

the ongoing draping simulations efforts.  

 

The goal of this article was illustrating how simple 

FE models  can be used to look into the effects of (1) 
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stiffness change during forming due to matrix 

consolidation and the associated dimensional 

instability after de-moulding; (2) viscoelastic 

behaviour of the fabric reinforcements. Simulations 

were solid mechanics-based and conducted via user 

defined subroutines in Abaqus. For the former effect, 

forming of a dry fabric using a punch induced 

stresses in the yarns. After injection/melt of the resin 

and its subsequent cure/consolidation these stresses 

can still exist in the fiber yarns. Therefore, there can 

be a residual stress component merely due to the 

draping process. It should also be mentioned that in 

the case of thermosetting composites with a partial 

cure after de-moulding, if during the performance 

life of the part the operating temperature approaches 

Tg of the part in manufacturing, the curing can 

progress and induce more deformation problems. 

 

Regarding the second effect, stress relaxation of two 

commercial woven fabrics was tested and included 

in the forming simulation. Subsequently, stress 

relaxation in the yarns after the draping stage and 

during the matrix consolidation stage could affect 

the relative arrangement of fibers and the effective 

mechanical properties in the final part. This is 

potentially even more significant because of the 

influence of axial tension along yarns on the shear 

stiffness of fabrics (the tension-shear coupling effect 

which was not included here). Under a coupled 

behaviour, the relaxation of yarns axial stress after 

the initial forming stage decreases the shear stiffness 

of the fabrics, which in turn could yield some 

changes to the form of the draped fabric. Further 

investigations on the full characterization of fabrics’ 

viscoelastic behavior (especially at elevated 

temperatures and under tension-shear coupling 

effects) may be worthwhile via numerical- 

experimental studies. 
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Fig. 1. Geometry of the mould, punch and the fabric 

system considered in this study (all dimensions are 

in mm)  

 

 

Fig. 2. Three stages in forming simulation of a 

hemisphere; (a) punch is going down to drape the 

dry fabric into the mould. (b) the resin is added and 

consolidated under pressure and temperature (overall 

material stiffness at this stage increases). (c) the 

punch moves back and the part can be removed from 

the mould.  
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(a)

(b)

(c)

P1

 

Fig. 3. Relative shear angle between yarns at 

different stages of forming; (a) after punching; (b) 

after curing; (c) after retracting the punch 

 

 

Fig. 4. Schematic of the change in the composite 

stiffness during different forming stages (for 

simplicity a linear regime for curing was assumed; 

however the user-subroutine can be conveniently 

changed to include curvilinear regimes). 

 

 

Fig. 5. Vertical displacement of the fabrics in the 

center point as well as the selected point P1 (marked 

in Fig. 3a) during forming stages; the horizontal blue 

lines represent the net-shape (ideal) products. 
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Fig. 6. Viscoelastic behavior of the TWINTEX dry 

woven fabric at room temperature under (a) the 

uniaxial extension test, and (b) the shear frame test  

 

 

 
(a) 

 

 
(b) 

 

Fig. 7. Results of the creep test on the TWINTEX
®
 

(PP/glass) as well as a pure E-glass plain fabric; (a) 

strain as a function of time; (b) the creep modulus as 

a function of time 

 

 

Fig. 8. Applying 3D digital image correlation (DIC) 

to measure the average strain over the colored region 

during the creep tests 
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Fig. 9. The selected viscoelastic material model [13] 

 

 

Fig. 10. The stress relaxation in two selected points 

of the part using the viscoelastic model for the 

TWINTEX
®
 fabric  

 

Table 1. Material properties of polypropylene matrix 

 
Material 

property [14] 

30% equivalent used in 

the subroutine 

E 1200 MPa 360 MPa 

ν 0.3 0.3 

G 462 MPa 138 MPa 

 

Table 2. Material constants of the viscoelastic model 

in Fig. 9 

 Axial response  Shear response 

E1 
34. 9. ii  GPa G1 

20.05 1.45  MPa 

E2 2 GPa G2 60 MPa 

η2 
980 10  χ2 

660 10  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1.0  Introduction  
 

Conventional methods for evaluating blast loads on 
structures require the use of explosives and remote 
test facilities.  Although detonating charges provides 
the most realistic test conditions for understanding 
blast effects, non-explosive techniques such as shock 
tubes and gas guns are popular alternatives to 
recreate (simulate) blast events in a safe, controlled 
lab environment [1-3].  Some advantages include 
repeatable, consistent application of loads, no fire 
and debris cloud obscuring high speed camera 
observation, and limited shockwaves which can 
damage sensors and equipment.  Generally, these 
non-explosive methods test smaller specimens 
and/or produce limited impulse levels.  Wide area 
target capability is desired in order to investigate the 
material and global level interactions and to observe 
damage modes that are not necessarily generated 
when only testing smaller, coupon-sized specimens.  
Furthermore, larger (full) scale panels can 
incorporate important details such as joints and 
splices, or other connections producing stress 
concentrations.  Therefore, this research project aims 
to develop a non-explosive methodology for 
applying representative blast loads onto large-sized 
(e.g., 610 x 610 mm or greater) flexible composite 
panels using fast (25 m/s) servo-hydraulic actuators 
tuned to match the specific impulse of an equivalent 
explosive charge.  To assess panel behavior for 
armor usage, the transmitted pressure and impulse 
are key metrics of interest, as well as the final 
deformation state, extent of damage, and whether the 
panel was breached.  Explicit dynamic finite element 
analysis (FEA) was used to develop the projectile 
for the non-explosive test methodology. 
 

2.0  Background and Motivation  
 

A typical free air blast explosion generates the 
pressure time history shown in Figure 1 [4, 5].  The 

high pressure, short duration pulse reaches peak 
pressure Pmax almost immediately then decreases to 
ambient pressure Pamb and may continue to decrease 
(Pneg) as the gas cools and the shock wave passes.  
The integration of the pressure time history curve is 
referred to as the specific impulse [5].  The positive 
pressure portion of this curve is the most damaging 
and is thus the focus of the present research. 
 

P
re

ss
u

re

Time

Pmax

Pamb

Pneg

Positive specific impulse

Negative specific impulse

 
Figure 1. Idealized pressure time history for free air 
explosive blast 
 

Explosive charges of various chemical composition, 
weight, and standoff distances are often used to 
achieve different dynamic pressure pulses necessary 
for investigating blast effects on structures [4].  This 
has been done by Dharmasena et al. [6, 7] for larger 
sized,  610 x 610 mm stainless honeycomb and 
pyramidal lattice sandwich core panels subject to 
TNT (1–3 kg) and C4 (150 g) explosive charges.  
Smaller charges can even be used at close distance, 
such as 20 g TNT at 200 mm standoff to investigate 
310 x 310 mm aluminum sandwich panels [8].  In 
this work, impulse measurements were recorded by 
a four-cable ballistics pendulum.  Measuring the 
impulses of larger charges, such as 1.0–2.5 kg C4 
plastic explosive at 500 mm standoff required a 
larger pendulum, e.g., 1,400–2,700 kg with 2 m arm, 
for investigating aluminum foam specimens of up to 
700 mm in size [9].  As these examples demonstrate, 
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NON-EXPLOSIVE METHODOLOGY FOR DYNAMIC BLAST PULSE 

LOADING OF WIDE AREA FLEXIBLE COMPOSITE PANELS 
 

explosives of different charge weights and standoff 
distances can be used to load the panels of varying 
sizes with a desired impulse level.  This flexibility in 
creating various threat levels is one of the benefits to 
using explosives.  However, explosives do have 
several drawbacks including limited visibility of the 
test specimen response due to the fireball and 
dust/debris cloud, danger in handling the charges, 
and difficulty in generating repeatable and identical 
pressure pulses.  This last point is critical for being 
able to quantitatively compare the relative 
performance of different armor panel structural 
configurations or material designs.  Due in part to 
these limitations (among others) researchers often 
use shock tubes, and to a lesser extent, gas guns, to 
investigate a structure’s response to high pressure-
short time duration dynamic impulsive loading 
events. 
 

A shock tube is a cylindrical tube divided into two 
sections.  The first part is the driver section where 
compressed gas bursts a membrane or an explosive 
charge is detonated to generate a high pressure pulse 
[10].  The second part, the driven section, is where 
the rapidly expanding gases from the driver section 
can create a high pressure wave front to impulsively 
load the specimen located at the exit of the tube [1, 
2].  In a similar manner to the non-explosive shock 
tubes, gas guns rely on a tank of pressurized gas to 
drive an appropriate projectile to impact the target 
specimen at high velocity, thereby creating a 
dynamic loading pulse [11].  For both cases, the 
loading area is limited by the barrel diameter of the 
apparatus.  Shock tube testing by LeBlanc et al. [1] 
and Tekalur et al. [2] for example, show composite 
panels up to 305 mm in span and loaded by a 75 mm 
diameter shock tube generating up to 8.15 MPa peak 
pressures.  For gas gun tests, D’Mello et al. [12] use 
a 12.7 mm split Hopkinson bar to examine the 
dynamic crush response of three and seven cell 
polycarbonate honeycombs.  Radford et al. [3] use 
aluminum foam projectiles, 28.5 mm in diameter 
and 50 or 100 mm long, to generate over 100 MPa 
peak pressures with less than 250 µs pulse duration.  
While gas gun tests can create blast-level pressure 
pulses, the target area is limited by the barrel 
diameter (e.g., 12.7 or 28.5 mm) and cannot provide 
the same intensity pressure spread over a wide area 
approaching one or more meters in size.  Large 
diameter shock tubes do exist, such as the 12 m 

wide, semi-circular large shock tube in Gramat, 
France and the 20 m wide, 11 m tall semi-circular 
Large Blast and Thermal Simulator (LBTS) in White 
Sands New Mexico.  These use multiple compressed 
gas drivers that may not generate the same pressure 
wave characteristics compared to a real blast event 
and often have reflected waves creating secondary 
shocks within the decaying portion of the blast wave 
[1, 13].  The large diameter shock tubes that use 
explosives in the driver section also exhibit some of 
the drawbacks associated with actual explosive blast 
tests. 
 

To summarize, the current methods for generating a 
dynamic, high specific impulse loading pulse 
typically cannot simultaneously achieve high 
repeatability (for direct comparison and ranking of 
various specimen designs), allow good visibility (for 
velocity calculation and monitoring damage modes), 
and apply a wide area pressure pulse (to investigate 
global effects of large structures).  Figure 2 provides 
a qualitative summary of the benefits and limitations 
of the various current methods, with envelope 
boundaries residing nearer the radar plot’s outer 
perimeter indicating better performance in each 
category.  For example, an explosive charge has 
excellent wide area pressure pulse magnitude and 
short blast duration, but the lowest ranking in 
visibility, safety, and repeatability/controllability.  
The Blast Simulator mentioned in Figure 2 is the 
method discussed in this paper. 
 

Wide Area 
Pressure Pulse 

Magnitude

Size of
Target Area

1/(Blast 
Duration)

Relative Safety,
Convenience

Specimen 
Visibility

During Testing

Repeatability/
Controllability

Explosive Charge Shock Tube

Gas Gun Blast Simulator  
Figure 2.  Radar plot comparison of dynamic pressure 
pulse generation methods; outer radius indicates 
better characteristics 
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The UC San Diego Blast Simulator facility has the 
unique capability to create the wide area-high 
magnitude pressure pulses, up to 84,000 Pa*s, 
necessary to test large-sized panels without the use 
of explosives.  It has high repeatability and 
controllability, short pulse durations, good visibility 
during the entire event duration, and relatively safe 
operation.  The system uses fast servo-hydraulic 
actuators to launch a projectile package (as shown in 
Figure 3) at a desired velocity in order to apply an 
impulsive dynamic loading pulse onto targets of 
interest. 
 

Planar Tile 
Array

Conform to 
Deformed 

Panel

 
Figure 3.  Projectile impact pulse loading concept 
 

The actuators can also be setup drive into the target 
and pull back [14].  Two actuator types can be 
selected to provide different capabilities (25 m/s and 
50 m/s available) and can be configured as a single 
unit or part of a multiple unit array.  The latter 
configuration enables either simultaneous operation 
to launch heavier masses, or staged to impact 
different portions of the structure at different time 
intervals [15] to represent the arrival of a non-planar 
blast front.  This allows large sized (1–3 m) 
structures to now be tested with some of the same 
features (e.g., impulse level, pulse duration, staged 
impact times) traditionally available only to the 
explosive-based methods.  It should be noted that 
despite the use of the high speed actuators, the 
velocities and peak pressures created are still 
typically lower than the shockwave propagation 
velocity and peak pressures created by an actual 
close-in explosive detonation.  Also, only the 
positive portion of the pressure time history curve 
(Figure 1) can be represented.  However, based on 
specific impulse matching, the total area under the 

pressure time history curve for both actual explosive 
and non-explosive methods can be made equal, and 
thus a short-duration, high peak pressure blast pulse 
of an explosive charge can be represented by a 
longer-time duration but lower peak pressure pulse 
generated by the Blast Simulator (see Figure 4).  
Specific impulse matching has been shown to 
produce damage on concrete columns comparable to 
that produced by real explosives [5]. 
 

Impulse of explosion: large initial pressure 
PA, short duration pulse TA

Simulated blast: finite loading
time TB1, lower pressure PB,

longer duration pulse TB2
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Figure 4.  Impulse matching showing identical specific 
impulse but different peak pressures and time 
durations 
 

Thus, the proposed non-explosive, wide area panel 
tests will: (i) investigate the use of the Blast 
Simulator and tuned projectile package to generate a 
7,520 Pa*s specific impulse which is typical of a 
close-in explosive detonation of approximately 1.74 
kg TNT at 305 mm standoff, (ii) assess and compare 
the damage modes and extent of damage between 
non-explosive and actual blast tests, and (iii) 
compare the performance of sandwich panel designs 
relative to a steel panel baseline. 
 

3.0  Test Setup 
 

3.1  Overview 
 

For testing 610 x 610 mm armor panels, the Blast 
Simulator was configured with a single 25 m/s 
actuator.  An aluminum pusher plate was attached at 
the end of the actuator ram and interfaced with the 
projectile through a central locating shaft.  On 
triggering, a poppet valve opened and high pressure 
(34 MPa) hydraulic fluid accelerated the ram and 
50.3 kg projectile to a velocity of 24.6 m/s, and then 
decelerated to prevent it from striking the specimen.  
The projectile separated from the pusher plate at the 
beginning of the deceleration phase and began free 
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flight at 24.6 m/s constant velocity for 
approximately 240 mm before impacting the panel 
(see Figure 3  for overview of the system and Figure 
5 for high speed camera capture of projectile flight 
and impact).  On the back face of the panel was 
placed a 13.7 kg aluminum transmission plate, with 
the same cross sectional dimensions as the projectile 
(406 x 406 mm).  The transmission plate rested on 
low friction guides and was attached to the backside 
of the panel with a small quantity of grease (see 
Figure 6).  On impact, the transmission plate would 
be accelerated at the same rate as the panel back 
surface before being released and entering free flight 
at a constant velocity  matching the peak velocity the 
test panel achieved prior to decelerating.  A shock 
accelerometer at the center of gravity of the 
transmission plate was used for velocity and 
momentum calculations of the plate (transmitted 
impulse) and provided indirect measurement of 
transmitted pressure via F = mass x acceleration = 
pressure x area relationship.  The concept for the 
transmission plate was based on existing actual blast 
test methodology used by industry. 
 

The window fixture supporting the panels was 
fabricated from 4130 chromoly steel, dimensions 
610 x 610 x 12.7 mm, with a 483 x 483 mm 
opening.  Twenty equal-spaced 12.7 mm diameter 
holes were located around the window opening at 
533 x 533 mm distance to bolt the window fixture 
and panel together for testing.  The window fixture 
and steel support legs were mounted horizontally 
(panel facing horizontal) to a post-tensioned 9,000 
kg concrete block. 
 

Actual explosive based tests were conducted by 
Oregon Ballistics Laboratory using the same test 
fixture mounted vertically (panel facing downward).  
A 1.37 kg charge of C4 (equivalent to 1.74 kg TNT) 
was placed underneath the panel at 305 mm standoff 
and detonated (see Figure 7).  The transmission 
plate, placed on the backside of the panel, was 
launched due to the panel’s deformation.  For the 
blast tests, panel velocities were calculated from the 
“hang time” of the plate (time between detonation 
and when plate fell to the ground) as both high speed 
video and accelerometer data were often unusable. 
 
 

 
 

 
 

 
 

 
Figure 5.  Test NE_CFM_A2 showing impact sequence 
(from top) projectile acceleration, release, impact, and 
transmission plate motion 
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Figure 6.  Transmission plate viewed from front of test 
fixture with panel removed (left) and through high 
speed camera window (right)  
 

 
Figure 7.  Actual blast test setup showing charge (on 
ground) and test specimen surface at 305 mm above 
charge  
 

3.2 Projectile Development 
 

A critical aspect of the non-explosive methodology 
was the design of the projectile.  It was desired that 
the projectile: (i) impart a wide area pressure load, 
(ii) have spatial and temporal variations representing 
a close-in blast, such that the center of the projectile 
arrived sooner and with higher impulse than the 
outermost positions, and (iii) minimize ringing 
(which can arise from metal to metal contact), 
double hits, and permit some misalignment of the 
projectile in case the free flight was not perfectly 
straight. To assist in the projectile development, 
finite element analysis (FEA) with Abaqus/Explicit 
was used to analyze a quarter symmetric model of 
the entire system, including projectile package, test 
specimen in fixture, and transmission plate.  In this 
model, the target panel was rolled homogeneous 
armor (RHA) steel, chosen due to its well-known 
material behavior.  The 6.35 mm thick RHA panel 
was modeled with shell elements initially for the 

projectile proof of concept and later with four layers 
of solid elements.  Both the projectile and aluminum 
transmission plate were modeled with solid elements 
while the test fixture used shells.  Symmetry 
boundary conditions (BCs) were enforced for all 
sections at the symmetry faces, fixed BCs were 
assigned at the base of the support fixture, and tie 
constraints were defined for the fixture to specimen 
interfaces at the same location as the physical bolted 
connections.  Further details of this model and 
validation with the physical tests were not included 
herein for reasons of brevity. 
 

To create the wide area pressure load (as opposed to 
a smaller concentrated-area) on the large-sized 
flexible panels, it was necessary to allow the 
projectile to deform.  Launching a 406 x 406 mm 
one-piece solid block projectile would provide a 
uniform load only upon initial contact with the 
panel, but once the panel started to deform, the solid 
projectile would produce high stresses in localized 
regions around the boundaries and corners of the 
projectile (as shown by the FEA-predicted, quarter-
symmetric, contact pressures in Figure 8).  This type 
of loading would not be an accurate representation 
of a close-in blast profile which would have 
concentrated pressures at the panel center, and not at 
the periphery. 
 

 
Figure 8.  Quarter-symmetric FEA results showing 
contact pressure due to a solid 406 x 406 mm projectile 
localized around the projectile periphery  
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Thus, the tiled array projectile concept was devised, 
where each individual block in the projectile 
package could rotate or translate independent of one 
another and conform to the deforming flexible target 
panel.  This geometry would provide a more uniform 
pressure distribution representative of a blast load, 
which is shown by the FEA-predicted, quarter 
symmetric model in Figure 9.  The contact pressures 
produced by a 25-tile array projectile package were 
more evenly distributed and not concentrated around 
the panel periphery as shown in Figure 8. 
 

 
Figure 9.  Quarter-symmetric FEA results showing 
more uniform contact pressure on the panel surface 
due to 406 x 406 mm tiled projectile 
 

Spatial variations in impulse loading were achieved 
by varying the individual masses within the 25 block 
projectile package.  The composition of each block 
was chosen as a combination of steel and aluminum, 
as shown in Figure 10, since impulse can only be 
adjusted by mass if all blocks had the same velocity.   
Each block in the projectile was designated by letter 
A to F, with blocks B and C being identical and 
blocks D and E being identical (see Figure 10).  For 
the center tile block F applying 100% level specific 
impulse, then each outward ring of blocks would 
theoretically apply 97% (D, E), 89% (B, C), and 
72% (A) of block F’s impulse.  This idealized spatial 
variation in specific impulse is shown in Figure 11, 
with the labeled blocks A-F shown in the second 
quadrant.  In reality, the center block F had a lower 

mass than blocks D/E due to a required pocket for 
mounting the projectile to the pusher shaft.   Mass of 
the center block F was 2.09 kg, blocks D/E were 
2.15 kg, blocks B/C were 1.92 kg and block A was 
1.54 kg. 
 

F

A B C

D E

 
Figure 10.  Block details of tiled projectile package 
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Figure 11. Idealized specific impulse intensity mapped 
onto panel surface at locations A-F 
 

Temporal variations in pressure pulse arrival times 
were achieved by offsetting the height of the central 
blocks in a concentric manner.  The center (F) was 
spaced +3.18 mm, the next ring (D/E) was +1.59 
mm, and the others (A, B/C) were set at 0 mm.  For 
the arrival velocity of 24.6 m/s, this would 
theoretically create a 0.13 ms delay in arrival time, 
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loading the center portion of the panel first, thus 
reflecting the temporal-spatial distribution which 
would be produced by a close-in blast at 305 mm 
standoff. 
 

Finally, on the face of each block was mounted a 
tuned foam pulse shaper.  The 160 kg/m3-density, 
tetrahedral shaped foam served to: reduce the 
likelihood of ringing due to metal-to-metal contact, 
engage the panel on impact in a manner that 
maintained contact and eliminated double hits, and 
allow for slight misalignment of the projectile upon 
impact after its short free flight. 
 

The finalized projectile array configuration was the 
25 block (5x5) tiled projectile shown Figure 12.  The 
overall coverage of the tile array was 406 x 406 mm, 
with a 6.35 mm gap between each of the blocks.  
Each block had planar dimensions 76 x 76 mm and 
thicknesses ranging from 50.8 to 54.0 mm.   
 

 
Figure 12.  5x5 tiled array projectile package 
assembled and mounted to pusher plate 
 

The blocks were attached via single bolt to a thin 
3.18 mm aluminum sheet that was notched at each 
attachment point to allow the blocks to move freely 
during the impact (see the “+” cutouts on the bolt 
holes in Figure 10).  The aluminum sheet also 
facilitated handling the 50.3 kg projectile package 

and enabled the entire 5x5 array to be supported at 
only one point: the center block which was at the 
projectile’s center of gravity (CG).  The center steel 
block was bored to accept a lubricated bronze sleeve 
bushing which slipped over the 25.4 mm diameter 
pusher plate shaft.  This arrangement was found to 
permit a clean release of the tile array, maintaining 
planar and vertical orientation during its (short) free 
flight prior to impacting the target panel (see Figure 
5). 
 

3.3  Test Specimens 
 

Ten different panel designs, 27 total including 
replicates, were tested with the non-explosive Blast 
Simulator (NE test series).  Five panels (no 
replicates) were tested with actual explosives by 
Oregon Ballistics Laboratory (BL test series).  The 
majority of panel designs used a sandwich 
construction, e.g., composite front face and 
aluminum foam core (CFM) or composite front face 
and double stainless steel honeycomb core (CDH).  
Variations of these designs were designated A, B, C, 
and so forth, and individual (replicate) panels were 
identified numerically, e.g., NE_CDH_A1 refers to 
the non-explosive test, composite/double 
honeycomb panel, variant A, first panel.  Solid, 6.35 
mm thick RHA steel served as a baseline reference.  
Additional constructions include aluminum 
face/aluminum foam core (AFM), composite/single 
honeycomb core (CSH), composite/double nano-
crystalline foam core (CDN), and an aluminum 
panel (ALUM).  Only three panel designs CFM_A, 
CDH_A, and RHA were tested by both non-
explosive and actual blast tests.  Representative core 
specimens are shown in Figure 13. 
 

 
Figure 13.  Armor panel cross-sections 
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4.0  Test Results 
 

4.1  Impulse Comparison 
 

The Blast Simulator was used to apply an impulse of 
1,240 N*s or 7,520 Pa*s over 406 x 406 mm area 
with a standard deviation of 12 N*s (1 %) for all 27 
tests.  The actual blast tests applied an assumed 
1,956 N*s, equal to 8,400 Pa*s over 483 x 483 mm 
(the loading area was not limited to the same 406 x 
406 mm area as the projectile).  The applied and 
transmitted impulses are summarized for the non-
explosive methodology in Table 1 and the actual 
blast tests in Table 2. 
 

Table 1.  Non-explosive (NE) impulse levels 

Specimen ID 
Areal 

Density 
(kg/m2) 

Impulse 
Flyer Transm. (F-T)/F 
(N*s) (N*s) (%) 

NE_CFM_A1 33.64 1,252 256 79.6 
NE_CFM_A2 34.62 1,212 272 77.5 
NE_CFM_A3 33.07 1,243 286 77.0 
NE_CDH_A1 27.07 1,253 313 75.0 
NE_CDH_A2 27.10 1,214 309 74.5 
NE_CDH_A3 27.09 1,254 297 76.3 
NE_CFM_B1 32.75 1,241 293 76.4 
NE_CFM_B2 31.75 1,240 279 77.5 
NE_CFM_B3 32.87 1,258 292 76.8 
NE_CFM_C1 27.55 1,235 274 77.8 
NE_CFM_C2 30.09 1,248 306 75.5 
NE_CFM_C3 27.38 1,235 288 76.7 
NE_CFM_D1 31.77 1,232 256 79.2 
NE_CFM_D2 30.89 1,249 286 77.1 
NE_CFM_D3 31.83 1,231 285 76.9 
NE_CDH_B1 25.91 1,244 303 75.6 
NE_CDH_B2 25.91 1,252 299 76.1 
NE_CDH_B3 25.83 1,231 299 75.7 
NE_CDH_C1 25.21 1,251 308 75.3 
NE_CDH_C2 25.25 1,224 290 76.3 
NE_CDH_C3 25.33 1,231 298 75.8 
NE_CDN_A1 24.62 1,229 314 74.4 
NE_CDN_A2 24.68 1,246 332 73.4 
NE_ALUM 25.72 1,230 295 76.0 

NE_RHA_01 48.82 1,242 308 75.2 
NE_RHA_02 48.82 1,255 310 75.3 
NE_RHA_03 48.82 1,245 299 76.0 

 

Table 2.  Actual blast (BL) impulse levels 

Specimen ID 
Impulse 

Blast Transm. (F-T)/F 
(N*s) (N*s) (%) 

BL_CSH_A1 1,956 592 69.7 
BL_AFM_A1 1,956 366 81.3 
BL_CFM_A4 1,956 384 80.4 
BL_CDH_A4 1,956 403 79.4 
BL_RHA_04 1,956 363 81.5 

 

The impulse absorption percentage (last columns in 
Tables 1 and 2) is calculated by subtracting the 
impulse of the transmission plate from the applied 
impulse level, and dividing by the applied impulse.  
It is found to be nearly constant for all panels tested 
by both non-explosive Blast Simulator and actual 
explosive tests regardless of panel construction.  
This result is expected as impulse tends to be 
conserved, regardless of what non-linear processes 
the panel might undergo during its dynamic 
response.  Thus the impulse absorption is not a 
discriminating metric for comparing panel 
performance, but rather, is an indicator of how 
consistently the loading was applied and the how the 
transmission plate responded within and across test 
methods.  For the explosive blast test, the charge 
was designed to provide 8,400 Pa*s, but there was 
no assurance that this level of specific impulse was 
actually applied to the panel surface.  Also, the first 
blast test, BL_CSH_A1, used a slightly different test 
configuration, both closer to the ground and with 
more lateral obstructions for the expanding gases.  It 
was possible that this configuration may have 
amplified the pressure pulse as this panel showed the 
highest transmission plate velocity that was not 
replicated in any other test and caused damage to the 
test fixture (which was repaired and reconfigured as 
shown in Figure 7 for the remaining four BL tests).  
However, data confirming higher pressures were not 
available so this test (and all BL tests) was assumed 
to apply 1,956 N*s to the panel surface. 
 

4.2  Transmitted Acceleration Comparison 
 

Examining the accelerometer data for the 
transmission plate tested by the Blast Simulator 
shows significant reductions in transmitted 
accelerations for the sandwich specimens compared 
to the RHA baseline.  This implies that the 
transmitted pressures are reduced by the same 
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amount, considering that acceleration scales directly 
with force, and for a constant area, also scales 
directly with pressure (i.e., F = pressure x area = 
mass x acceleration).  The transmitted pressure is a 
key metric of interest in comparing vehicle armored 
panels since it can cause injury to personnel.  Two 
components of transmitted pressure are considered 
here, initial-average and maximum.  The initial-
average pressure is proportional to the acceleration 
of the transmission plate when it is directly in 
contact with the panel prior to free flight.  It is 
calculated as the average of the acceleration over an 
initial period of time while the panel and 
transmission plate are still in contact.  An example 
of typical data is shown in Figure 14.  Within that 
same time period, a maximum acceleration is also 
measured, shown by the black square symbol in 
Figure 14.  Initial-average and peak accelerations are 
summarized in Table 3 for the non-explosive tests.  
The sandwich panels show initial-average 
acceleration reductions of up to 38.8% compared to 
the RHA steel and peak acceleration reductions of 
up to 75.9%, although NE_CDN_A did show a 
higher initial-average acceleration of 38.9% 
compared to RHA.  The reduction in acceleration 
can be attributed to the sandwich core material, 
which crushed to absorb some of the impulsive load 
and attenuated the propagation of the shockwave 
through the material.   
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Figure 14.  Transmission plate acceleration time 
history for NE_CDH_A2 

 

Table 3.  Non-explosive (NE) transmission plate 
accelerations (pressures) and reduction w.r.t. RHA  

Specimen 
Series 

Init-
Avg 

Accel.  
(g) 

Reduc. 
Init-Avg 

w.r.t 
RHA 
(%) 

Max 
Accel.  

(g) 

Reduc. 
Max 
w.r.t. 
RHA 
(%) 

CFM_A 2,190 35.5 5,320 62.9 
CDH_A 2,310 31.8 3,970 72.4 
CFM_B 2,330 31.2 5,740 60.0 
CFM_C 2,250 33.7 5,300 63.1 
CDH_D 2,780 18.1 4,760 66.8 
CDH_B 2,150 36.6 3,470 75.9 
CDH_C 2,330 31.2 4,410 69.3 
CDN_A 4,710 -38.9 6,800 52.7 
ALUM 2,070 38.8 7,920 44.8 
RHA 3,390 0.0 14,400 0.0 

 

For the BL test series, the data cables were often 
damaged prior to reaching peak acceleration and 
thus neither initial nor peak acceleration could be 
measured.  The available data does indicate that the 
sandwich panels may have mitigated the transmitted 
acceleration compared to RHA due to slope of the 
acceleration vs. time curves and the apparent onset 
of a maximum value for BL_AFM_A1 and 
BL_CFM_A4, along with a maximum for 
BL_CSH_A1 (see Figure 15).   Conclusive answers 
would require additional blast testing with higher-
rated shock sensors as the accelerations appear to be 
an order of magnitude higher than the NE test series. 
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Figure 15.  Transmission plate acceleration time 
history for BL tests (BL_CDH_A4 data not available) 
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4.3  Internal Damage Comparison 
 

The sandwich panels tested with actual explosives 
developed a higher level of internal damage 
compared to the non-explosive test method (e.g., see 
center-cut sectioned foam core panels in Figures 16 
and 17 subjected to non-explosive loading and actual 
blast, respectively, and the double honeycomb 
panels in Figures 18 and 19).  For the non-explosive 
tests, the internal core structures of the sandwich 
panels were largely intact and almost undamaged, 
especially at the panel center.  Damage was 
sustained primarily around the clamped boundaries 
of the window fixture.  In the case of the CFM 
panels, front layer separation from the core due to 
large deformations and weak bonding also occurred.  
The blast tests showed similar damage modes as the 
NE tests, but more extensive.  This may be due in 
part to the explosive detonation applying a more 
dynamic pressure pulse to the panel front surface 
thereby causing a mismatch in the speed of 
deformation between the panel’s front and back 
surfaces.  The mismatch was worsened by the inertia 
effects of the transmission mass being located on the 
back surface.  The RHA panel, which did not use a 
sandwich core configuration, did not have visible 
internal damage to assess differences between test 
methods.  For both test methods, no panel of any 
construction type was breached. 
 

 
 

 
Figure 16.  Panel NE_CFM_A2 showing intact core at 
panel center (top) and shear damage at clamped 
boundary (bottom) with front face separation 

 

 

 
 

 
Figure 17.  Panel BL_CFM_A4 showing deformed 
profile and extensive core crush (top) and shear 
damage at clamped boundary (bottom) with front face 
separation 

 

 
 

 
Figure 18.  Panel NE_CDH_A1 showing deformed 
profile and generally intact core throughout (top) and 
core crush at clamped boundary (bottom) 

 

 
 

 
Figure 19.  Panel BL_CDH_A1 extensively damaged 
(top) and core crush at clamped boundary (bottom) 

 

ICCM19 3566



 

11  

NON-EXPLOSIVE METHODOLOGY FOR DYNAMIC BLAST PULSE 
LOADING OF WIDE AREA FLEXIBLE COMPOSITE PANELS 

 

 

4.4  Deformation Profile Comparison 
 

The post-test permanent deformation profiles 
measured along the panel centerline are shown in 
Figures 20 to 22 for CFM_A, CDH_A, and RHA 
panel types.  Panel type CFM_A had larger 
permanent deformations than panel type CDH_A 
which in turn, had higher permanent deformation 
than RHA.  Sandwich panel variations of the CFM 
and CDH core had similar profiles.  The non-
explosive profiles were much more symmetric about 
the centerline compared to the BL test series (see 
Figure 20), and replicate tests of a given panel type 
show overlaying profiles, indicating both the 
consistency of panel construction and the 
repeatability of the NE methodology, especially in 
Figure 21.  The blast tests did not uniformly load the 
panels in some instances (e.g., BL_CFM_A1 in 
Figure 20 shows a skewed deformation profile).  The 
back face deformation profile may provide a more 
accurate representation of the final deformed shape 
still since it represents the limit of the facesheet 
plastic deformation during impact.  The front 
facesheet in some instances was later found to have 
separated from the core due to the polymer layer 
tearing (see Figure 20, front layer of NE_CFM_A1 
is closer to the back face and specimens A2 and A3 
are further away). 
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Figure 20.  Deformation profiles for CFM_A 
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Figure 21.  Deformation profiles for CDH_A 
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Figure 22.  Deformation profiles for RHA 

 

5.0  Conclusions 
 

Generating a non-explosive, wide area, spatially and 
temporally varying dynamic pressure pulse was 
achieved by impact forces created by a segmented 
array projectile package.  The system created a 
7,520 Pa*s specific impulse, applied over a 406 x 
406 mm area, which was used to represent the 
specific impulse of a 1.74 kg charge of TNT at 305 
mm standoff distance. The dynamic pressure loading 
was very consistent with a 1% standard deviation in 
applied impulse for the 27 tests.  This consistency of 
loading was necessary for comparing various armor 
panel designs with respect to transmitted pressure, 
impulse attenuation, and extent of damage.  The 
transmitted impulse attenuation was found to be 
similar between all panels and both the non-
explosive method (mean 76.3%) and the actual blast 
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tests (mean 78.6%) showed equivalent 
measurements.  Transmitted pressures for the non-
explosive methodology were measured indirectly via 
transmitted accelerations of a transmission plate. 
The non-explosive test methodology showed 
sandwich panel constructions attenuated initial-
average and peak transmitted acceleration (i.e., 
pressures) by up to 36.6% and 75.9%, respectively, 
compared to conventional RHA steel armored plate.  
Different panel constructions had different pressure 
attenuations, depending on the facesheet and core 
design.  Deformation profiles for both actual blast 
and non-explosive tests were similar for a given 
panel design, but the non-explosive methodology 
applied a much more symmetric (as assessed by the 
deformation profile), consistent, and repeatable 
loading.  Internal damage modes for the sandwich 
panels were similar for both methods, but more 
extensive core crushing occurred for the actual blast 
tests.  The RHA steel plate, which did not use a 
sandwich construction, appeared to have similar 
deformation profiles and extent of damage for both 
blast and non-explosive tests.  Thus, the non-
explosive methodology has been shown to able to 
generate a wide area, dynamic pressure pulse 
loading with a similar specific impulse as an 
equivalent explosive-based test, while also 
maintaining the repeatability, visibility, and 
consistency of a lab-controlled environment that is 
necessary for comparing the relative performance of 
different armored panel designs. 
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1 Abstract  

 

In this paper we present an original analysis of 

the life prediction in fatigue loading of type III 

tanks. This type of tank is made of a metallic 

liner ( steel or aluminum) and a composite 

structure for load bearing. The fatigue failure of 

a type III tank is due to the leakage of the liner 

(leak before burst-failure). 

 

By using an experimental analysis we have 

observed that the fatigue failure of a tank type 

III is governed by two phenomena : 

 

 a material rupture : due to the 

accumulation of damage in the liner 

inducing leakage. The biaxial tensile 

stresses in the liner are the main cause of 

this damage 

 

 a structural rupture: due to local 

buckling of the liner induced by external 

pressure applied by the composite 

structure when the tank is discharged. 

This buckling induces leakage. 

 

Depending on the target of the working pressure 

of the tank, it seems logical for the designer to 

reinforce the composite structure in order to 

avoid the first type of failure.  

 

But this improvement of the composite structure 

has a negative effect on the liner by favoring the 

second phenomenon. 

 

 

For a given liner, we can symbolize this 

principle in the following diagram 

 

 

 
Figure 1 : Schematic failure process of type III 

tanks 

 

For a liner and for low fatigue pressure the 

composite is adapted and the first failure 

phenomenon is observed. The corresponding 

number of cycles to failure is normally specified 

by the design standard. To address high service 

pressure, the composite structure is adapted and 

improved (increase of the thickness for 

instance). However, if the pressure cycle is too 

high, i.e. above the transition pressure leading to 

a structural failure, this leads to a drastic 

reduction of life.  This transition pressure 

Mechanical coupling between metal liner and 

composite structure in type III tanks  during high 

pressure fatigue loading. 
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depends on the composite structure and on the 

liner (geometry and mechanical properties).  

 

The transition to structural failure thus limits the 

working pressure of a tank. In this paper we will 

describe this analysis and the numerical 

simulation providing the transition pressure.  
 

 

2. General Introduction 

 

Research for alternative sources of energy to 

fossil fuels unquestionably is an economical and 

environmental challenge. It is obvious that 

within this context, hydrogen is particularly 

interesting. It is the most promising energy 

carrier regarding its calorific power, non 

polluting use and capacity to generate power 

when used with  a fuel cell [1-5].  

 

 
 

Fig 2 : Relative comparison of Lower Heating 

Value per mass of various fuels  

 

 

Nevertheless, in order to respond to the 

economic and environmental criteria, hydrogen 

production and storage have to be improved.  

 

Hydrogen can be stored as a compressed gas, in 

a liquid form or in metal hydrides. The first type 

of storage can be realized in four kinds of  

pressure vessels: (a) Type 1 refers to an all 

metal cylinder, (b) Type 2 is a load-bearing 

metal liner hoop wrapped with resin-

impregnated continuous fibre, (c) Type 3 is a 

load-bearing metal liner - which prevents gas 

diffusion & bear more than 10% of the load - 

wrapped with resin-impregnated continuous 

filament which is used as a mechanical 

strengthening piece, and (d) Type 4 refers to a 

non-load-bearing, most often non-metal liner 

wrapped with resin-impregnated continuous 

filament.  

 

 

 

Type I Type II Type III Type IV

Usually for
Stationary Application

Usally for 
Mobile Applications

 
Usually for Stationary                             For All type of  

application                                         application 

 

Fig 3: Various types of high pressure hydrogen 

tank 

 

For Hydrogen Energy applications, the fibre is 

generally a carbon fibre. This work focuses on 

gaseous storage under high pressure using a 

type III vessel. This type of storage offers a  lot 

of advantage such as no permeation risk or 

lightness. 

   

The main problem encountered with this type of 

vessels is related to  fatigue life. Most of type III 

tanks are designed with a 350 bar working 

pressure. For such pressure this offers a  lot of 

advantage in agreement with the standard [6,7], 

requiring 12000 cycles at hydraulic test 

pressure. For higher pressure, typically 700 bar, 

the fatigue performance when it is subjected to 
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cyclic pressure loading is not in agreement with 

the same standard.  

 

Taking into account that the main load bearing 

structure in this tank is the composite one, the 

first idea about this problem could be to 

increase the thickness of composite in order to 

increase the service pressure, but this simple 

idea is not realistic [8], because the phenomena 

under fatigue for this type of tank is more 

complex and is a mixture of several phenomena 

which compete to the failure.  

  

 

Figure 3: Section of a type III vessel 

3. Stress assessment in the type III Tank 

from manufacturing to loading. 

 

To analyse the failure in fatigue of type III tank  

it is useful to consider first what happens in a 

simple long composite hybrid tube made of a 

metallic liner and composite structure. This 

example allows to consider the various 

phenomena. 

 

Let us consider a metallic tube (steel or  

aluminium). The external diameter is R and eL is 

the thickness. Around this tube a composite 

structure is wrapped (for instance carbon 

T700/Epoxy matrix), the stacking sequence is 

[+/-θp,90n]m, where (n,p,m) are the number of 

layer. This type of composite structure is just an 

example close to the one of Tank Type III. The 

composite structure has a thickness noted ec 

 

After the filament winding process the structure 

can be considered as compact.  

 

 
 

 

Figure 4 :Hybrid Metal/Composite tubes before 

curing 

 

The second stage of the manufacturing is the 

curing  During the curing stage depending of the 

composite structure, a gap can appear between 

liner and composite structure due to the 

difference between thermal expansion 

coefficient of composite structure and metal 

liner.  

 

 

 
 

Figure 5: Hybrid Metal/Composite tubes after 

curing 

 

R     eL  eC 

R     eL           eC 

Gap 
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It is obvious that this gap is depending of the 

composite structure and at the opposite a  

"radial compression" of the liner can be 

observed by the composite structure.   

 

With real Type III tank this gap is often 

observed due to the composite structure which 

must be dimensioning with respect to the 

pressure loading. This pressure loading induces 

that the hoop stress is the highest one and then 

in the composite stacking sequence the 90° layer 

is the most present. These 90 layers due to their 

orientation are mainly responsible for the gap. 

 

The figure 5 shows the initial structure. From 

this point, the pressure loading can be 

performed. 

 

To simplify the analysis it is considered that the 

thin wall theory can be applied here for instance 

by assuming R > 0.1(eL +eC).  Considering the 

material strain-stress relation for the composite 

and for the metal liner.  We reduce the analysis 

to the plane stress. z and θ are respectively the 

axe of the cylinder direction and the hoop 

direction. 

 

(1)

(2)

L L L L

z zz z z

L L L L

z

C C C C

z zz z z

C C C C

z

S S

S S

S S

S S



   



   

 

 

 

 

     
     

     

     
     

       
 

  

Due to the gap between the metal liner and the 

composite structure, when the pressure grows 

from zero to the  maximum pressure Pmax , all 

the stress is first born by the liner alone.  

 

At any time the stress is related to the stress 

assessed with the thin wall theory: 

 

2 (3)L L

z

C

PR

e
  

 
 

where P is the internal pressure.   

 

This situation is prolonged until the hoop strain 

of the liner is ε
contact

  

 

(4)contact L

L

R e Gap

R e


 



 

 

When the liner strain is  ε
contact 

indeed the 

external diameter is in contact with the internal 

part of the composite structure.  This stain in the 

liner is obtained when the pressure is P
contact

  

 

 

(2 )
(5)

2 ( )

C C
contact contactzz z

C C C C

C zz z z

R S S
P

e S S S S



  







 
 

At this point the composite structure can be 

considered as linked to the liner and then the 

strain of each material are the same (taking into 

account  the hypothesis of the thin wall theory) 

and the stress are assessed by: 

 

2( ) (6)
( )

C L C L

z z

C L

PR

e e
       


 

 

Then after this contact point, the strain stress 

relation is provided by 

 

1

1
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With : 

 

( )

( )
(8)

( )

2( )

Concact

C Lz

Concact

C L

P P R

e e

P P R

e e



 
 

    
   
 

   
 

and, 

 

(9)

L contact C

z z z

L contact C

  

  

  

   
   

     
 

 

These strain-strain relationship is prolonged up 

to the point where the liner starts to plastify. 

Usually the Yield point is obtained when the 

strain in the liner verifies the Von Mises criteria.  

 

2 2( ) ) (10)L L L L

z z Y      
 

 

When the Pressure increases from P
contact 

to  P
max

 

the yield point can be reached. The pressure 

where the yield point is obtained by the 

following equation combining equations from 

all the previous equations. This pressure is 

noted P
Plas 

 

At this point the strain of the liner starts to be 

elastoplastic.  In this case the strain stress 

relation is no longer linear and must be 

described as a elastoplastic model with isotropic 

or kinematics hardening [9]. This situation is 

prolonged upto P
max

. At this last point the liner 

is plastified and the maximum plastic strains are 

noted : 

 

,

,

(11)

L

z Plast

L

Plast





 
 
   

 

 

Now consider the deloading. Both materials are 

elastic and deloaded. In this case the strain of 

the liner decreased with respect to the equation 

1, when for the composite the stress decrease 

with the relation (2).  

 

Due to the plastic deformation for a certain 

pressure the state of strain of the liner will be 

such as to continue to decrease a global 

compression must be applied on the liner. For 

the same pressure the composite structure will 

be always under tension. Then the composite 

will start to compress the liner. 

 

When the system will be fully deloaded by the 

pressure, the liner will be under compression as 

it could be alone under external pressure. This 

external pressure related to the  state of stress of 

the composite and the expression of strain given 

by (11).   

 

, ,( , , , , , , , , ) (12)L L L L Max C L

External External z Plast Plast c LP P P S S Y R e e 
 

 

The following figure draws the diagrammatical 

evolution of the hoop stress for the liner end for 

the composite structure.   
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Figure 6: Hoop Stress (Blue -Liner, Red-

Composite) versus Pressure  

 

This apparent external pressure can lead to 

buckling of the liner. For instance it is well 

known that for long tube the Euler analysis  

provides bucking pressure related to the liner 

dimension and the elastic properties. 

 
3

2
(13)

4(1 )

L

External

E E
P

R 

 
  

   
 

In reality this relation is valid for long tube 

without end effect. For cylindrical shell tank it 

is a sort of limit because tanks cannot be 

considered as relevant of this hypothesis.   

 

This long analytical presentation allows to 

understand why it is observed located buckling 

in the liner when the applied pressure increase. 

This mode of failure is observed especially for 

high pressure.  

 

On another hand to be able to load a tank at high 

pressure large composite reinforcement is 

required, depending on the stiffness of 

composite the maximum strain is roughly the 

same. But due to the volume of composite, the 

compliance of the composite structure increases 

and the apparent external pressure on the liner 

after deloading increases also. Then for high 

pressure, the buckling is the failure  for most  of 

hybrid composite tubes. 

 

For low pressure, less composite is used and 

then the global compliance of the composite 

structure is lower. Then the risk of buckling 

failure decreases. For lower pressure the main 

risk is due to the leakage provided by 

accumulation of plastic strain. This risk can be 

decreased by choosing adapted composite 

structure. The transition pressure is the one 

which shares the pressure between with both 

modes. This transition pressure is the maximum 

service pressure for a tank of type III.  

 

4) Numerical and experimental analysis  

 

The previous analytical analysis allows to 

understand why the fatigue of type III is a 

problem. But this analytical assessment does not 

give a precise value of this transition value, 

because it is difficult to take into account of the 

plasticity and because the equation (13) is not 

valid, and also because the thin wall theory is no 

longer valid. 

 

Then numerical analysis has to be used for such 

analysis.  

 

For example consider a tank made of steel with 

R =100mm. These tanks have been made and 

tested by Mahytec Ltd. 

 

 
 

Figure 7 : Type III tank before test 

Pressure 

Hoop stress 

P
max 

P
Contac

t 
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Finite element analysis allows to simulate the 

stress in the wall of this tank. 
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Figure 8 : Experimental Hoop strain on the 

composite surface versus pressure- The gap 

effect can be observed, no strain with 

pressure>50bars . 

 

 
 

Figure 9 : Numerical simulation of the Hoop 

strain on the composite surface versus pressure- 

The gap effect is also observed. Positive strain 

after deloading is observed. 

 

Taking into account this numerical analysis, the 

effect of transition pressure or limite pressure 

can be observed. One element which has been 

especially analysed is the role of the carbone 

fiber type.  

 

We have assessed the role of different types of 

fibers on the transition pressure . 

 

 
 

 

Figure 10: Effect of the fiber types on the limit 

of nominal pressure for the tank analyzed. 

 

It has been observed for the liner analyzed with 

T700, maximum service pressure is around 

500bars, when it can be 800bars when M40J is 

used.  

 

5)Conclusion 

 

In this study we have proposed a model to 

understand the fatigue problem observed on 

type III. The phenomena and the base of the 

model have been explained with analytical 

analysis.  

 

Two types of failure are observed for high 

pressure: the failure (leakage) is due to local 

buckling, when for moderate and low pressure 

the failure( leakage) is due to damage of the 

liner due to plasticity accumulation. The 

transition between both phenomena is called 

transition pressure, and it is the limit pressure 

for the tank, with the type of composite 

structure used to make it.   

 

In order to assess the value of the limit of the 

nominal pressure, numerical method is required. 

In this paper we have assessed as example the 

Pressure of transition (bar) 

Youg modulus of the composite structure (MPa) 
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effect of the carbon fiber type on the maximal 

nominal pressure that this tank is able to 

support.  
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1 General Introduction  

Woven fabric composites are among the most 

promising alternatives in today’s design of advanced 

composite structures. High specific strength, 

flexibility in design and most importantly their ease 

of manufacturing can be counted among the main 

reasons for this success. Woven fabrics in dry forms 

are draped around 3D surfaces (muolds) to create 

complex geometries of parts. Simulation of such 

forming process is necessary in the application of 

advanced composites to: (1) predict the deformed 

shape of the draped fabric; this can in turn be 

important in estimating critical design characteristics 

of the final structure such as anisotropic 

permeability and local direction of reinforcement; 

(2) choose proper tooling parameters (mould shape, 

punch speed, force, etc.) with a goal of achieving a 

near net shape product and avoiding undesirable 

deformation mechanisms such as wrinkling [1].  

 

This article presents some of the authors’ recent 

findings regarding meso-level simulation of woven 

fabrics under combined (axial and shear) loading 

conditions, which are often the case during 

aforementioned forming processes. The outcome of 

these meso-level simulations are used as virtual 

experiments on a commercial fabric under different 

combinations of in-plane tension and shear loadings 

to construct its response surfaces. Consequently, the 

obtained response surfaces have been implemented 

into a Finite Element (FE) shell model to simulate a 

hemi-sphere forming process of the fabric with and 

without tension-shear coupling effect. 

2 Multi-Scale Nature of Woven Fabrics 

Woven fabrics are heterogeneous fibrous materials 

with different structural levels. Macro-level is the 

scale of the final product and the effective material 

behavior at this level is affected by the interaction of 

yarns at a lower scale/level called meso-level. Meso-

level is the level of yarns with a characteristic length 

normally in the order of mm. Geometrical 

configuration of yarns and their interlacing patterns 

are the main features of this level. Nonetheless, 

yarns themselves are made of bundles of thin and 

long fibers that are the characteristic elements of the 

next lower scale/level called micro-level with a 

length scale of µm.  

 

Simulation of the mechanical behavior of woven 

fabrics at one scale (e.g., meso-scale) is often used 

to predict their effective properties at a higher scale 

(e.g., macro-scale) [2]. This can be an alternative 

solution to costly and time-consuming physical 

experiments. Moreover, occasionally for particular 

modes of deformations/ loading conditions, proper 

testing instruments may not be available, while they 

can be conveniently tested by user-define codes in 

numerical analysis tools. When analyzing yarns in 

meso-level, however, special material modeling 

techniques should be implemented in order to take 

into account the heterogeneity of yarns and presence 

of fibers at micro-level [3]. Similarly, arrangement 

and deformation of yarns during deformation of a 

fabric at meso-level must be considered in macro-

level models.  

2.1 Macro-level simulations  

The most common method for simulating a fabric’s 

mechanical response at this level is the use of 

homogenous membrane/shell elements in FE solvers 

[3]. However, as mentioned above, due to the multi-

scale nature of woven fabrics, modifications must be 

applied to macro-level models in order to include 

complex interactive effects of yarns. One of the most 

important modifications is due to the fact that there 

are two main structural directions along the warp 

RESPONSE SURFACES OF MECHANICAL BEHAVIOR OF DRY 

WOVEN FABRICS UNDER COMBINED LOADINGS 
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and weft yarns, which can have different relative 

(non-orthogonal) angles during deformation. 

Therefore, woven fabrics may not be modeled using 

standard orthotropic models, and non-orthogonal 

constitutive material models are required [4]. 

Recently the Abaqus FE software has added a new 

material type in its package which is able to track 

the warp and weft direction of yarns as well as 

trellising shear in a non-orthogonal coordinate 

system and take them into account during stress 

updates [5]. However, currently it needs a full 

characterization of the fabric mechanical response in 

order to provide input data for simulations.  

 

The standard woven fabric material model used in 

Abaqus is called FABRIC where, as illustrated in 

Figure 1, Ni and ni are the vectors along the 

directions of warp and weft (for i=1,2) before and 

after deformation, respectively; γ12 is the trellising 

shear angle between the warp and weft yarns. The 

default material properties can be fed into the 

software by defining the normal stress-stress 

response of the fibers along warp and weft as well as 

the shear response due to yarns’ angle change 

(trellising mode). Coupling between the axial 

tension of yarns and shearing, or even between the 

axial components of the warp and weft (bi-axial 

tension), is not readily incorporated; however, there 

is the possibility of adding a customized material 

behavior to this model via a FORTRAN subroutine, 

named VFABRIC. The input to this subroutine can 

be deformation parameters such as strains and strain 

increments along the warp and weft directions as 

well as the change in the angle between yarns. The 

required outputs are the stress components along 

warp and weft and the shear stress. In Section 3 of 

this article, a combined macro-level experimental 

and meso-level numerical (virtual experiment) 

method is proposed in order to collect the required 

input data for the above mentioned subroutine 

(VFABRIC). Basically, what needs to be generated 

is the stress along warp and weft as well as shear 

stress as a function of axial elongation of yarns and 

the relative deformed angle between them. 

2.2 Meso-level simulations  

In order to make the fabric simulations viable, yarns 

at this level of analysis are assumed to be 

homogenous (not made of thousands of fibers in 

contact and with gaps among them). However, 

effects from micro-level fibrous nature of yarns 

should and can still be included in the analysis via 

proper modifications to the material constitutive 

behavior at the meso-models [6]. In particular, the 

fact is that the axial stiffness in yarns along the fiber 

directions is relatively high in tension only, whereas 

all other stiffness components are comparatively 

much lower and sometimes nonlinearly dependent 

on the deformation. Therefore, special care must be 

taken to track the direction of fibers in yarns and 

apply an appropriate method of updating stress 

components [7].  

3 Shell Model Parameters 

3.1 Experimental 

Extracting constitutive material parameters of an FE 

shell model can be achieved via experimentation on 

a given fabric in the macro level. This normally 

includes tests on the fabric under uniaxial and/or 

biaxial extensions and shear modes, which are most 

often done independently [4]. However, recent 

researches in the field have shown that the fabric 

behavior under these two basic deformation modes 

(tension and shear) can in fact be dependent [8–10], 

and a considerably higher number of tests would be 

required for accurate characterization of this 

coupling phenomenon. Hence, FE simulations 

(virtual experiments) at this stage appear to be a 

more valuable tool than before to replace costly or 

complex experiments; especially that currently there 

are limited reports on standard instruments/test 

setups that can apply general in-plane deformations 

(tension + shear) on dry fabrics. Namely, most 

recent attempts in this area include facilitating shear 

testing under equi-biaxial tension of yarns [8], as 

well as modifications on the traditional picture frame 

test fixture [10]. The former does not completely 

impose a uniform trellising shear and the latter does 

not allow a fully controlled tension during 

deformation. The authors recently in collaboration 

with the City College of New York (CCNY) and the 

Naval Undersea Warfare Center (NUWC) have 

proposed the design and manufacture of a new test 

fixture for this purpose [11], which is demonstrated 

in Figure 2 and is at its final stage of production and 

validation. 
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3.2 Using virtual experiments  

Numerical/virtual experiments on woven fabrics are 

normally performed on unit cell models at meso-

level. However, this in turn needs the extraction of 

yarn mechanical properties which can be done using 

macro-level (fabric) test data and a multi-objective 

inverse identification. The multi-objectivity of the 

identification is a key issue to ensure that the 

resulting model parameters are valid for multiple 

deformation modes (not a single independent mode). 

In fact, if yarns are modeled to represent a fabric 

under general in-plane loading conditions, the 

inverse identification tests that are implemented to 

extract yarn properties must be under loadings close 

to these general conditions. For example, if material 

properties of yarns are characterized by testing a 

fabric under bi-axial tension and then running 

inverse identification, the identified parameters 

might not be as accurate for predicting the response 

of fabric under trellising shear (i.e., showing level-2 

model errors). Apparently, with the current fabric 

constitutive models there is a tradeoff between 

number of test modes used during identification and 

the accuracy/generality of the identified yarn 

material properties. In the next section a method for 

this multi-objective characterization is demonstrated 

via a case study on a commercial fabric sample. 

4 Sample Case Study and Numerical Results  

A case study is conducted on samples of balanced 

plain weave commercially known as TWINTEX
®
. 

This material in dry from is made of E-glass fibers 

comingled with Polypropylene (PP) fibers and is 

widely used in thermoplastic composite industries.  

First, two common uniaxial tension and shear frame 

tests were separately applied to the specimens to 

extract the corresponding response of the fabric 

(Figure 3). For the shear frame test, after clamping 

the fabric in the jig an initial tension is applied to the 

yarns before running the test. The Digital Image 

Correlation (DIC) technique was employed in the 

region of interest which is the center square region 

in the cross shape (region with overlaid contours in 

Figure 3) to measure the strain field due to initial 

tension. By averaging strain in this square region it 

was found that an average strain level of 
31.7 10ii

  exists in the middle region of the 

sample prior to the test. 

 

Subsequently, the meso-level numerical model was 

run using a postulated yarn material model as 

follows. 
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where, the stiffness units are in MPa and iA are the 

constants that need to be determined via inverse 

identification and iB are constants providing stability 

to the numerical process or satisfying some physical 

aspects of yarns. For example in this case study, we 

considered 1 0.05B  ; the reason being that yarns in 

dry form cannot carry compression and because zero 

stiffness in numerical procedure may result in 

divergence. It was also considered 2 5B MPa in 

the yarn transverse crushing formulation in Eq. (4) 

to avoid zero stiffness in the beginning of the 

simulation, and 3 1000B  to increase shear stiffness 

of the yarns after they go under tension (i.e., 

coupling effect). If a pure trellising deformation 

occurs, 11 will be vanished and G will be 

automatically decoupled. In the case of no coupling, 

the intra-yarn shear modulus (G) of fabrics in the dry 

form is usually set at a small value to mimic the 

small resistance of yarns’ filaments to shear. Ideally, 

this value is recommended to be zero, however, for 

stability of numerical methods a small non-zero 
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value must be used [12]; here a value of 25 MPa was 

selected. 

4.1 Inverse identification 

The main steps of inverse identification can be 

summarized as: 

1- Postulating a yarn material model with a set of 

constants; 

2- Running actual tests on a set of selected fabric 

deformation modes and obtaining the force-

displacement responses; 

3- Running the corresponding simulations with the 

FE model in step 1 and an initial (guessed) set of 

constants; 

4- Comparing results of experiments in step 2 to 

the results of simulations in step 3 and defining 

a measure that shows the deviation in the results 

(error); and 

5- Running a minimization (optimization) 

algorithm with a set of constants in step 1 as 

input and the error function from step 4 as the 

objective function. 

 

This procedure is also summarized in Figure 4. For 

the objective/error function, square of the difference 

between experiments and numerical simulation at 

selected points is a widely used measure. Because 

running real experiments on yarns on meso-level 

while they are interlaced in the fabric is almost 

impossible, the above inverse identification using 

macro-level data can be effectively used to extract 

meso-level yarn material properties. Komeili and 

Milani [13] applied a similar multi-objective inverse 

identification from results of three different 

deformation modes (uni-axial and bi-axial tensions 

and shear frame test) and extracted a general set of 

yarn model constants for a glass fabric. It was 

argued in their work, however, that multi-objective 

optimization is associated with the concept of Pareto 

front where there may be more than one optimal 

variables set depending on the analysis 

preference/emphasis on one deformation mode over 

another [14]. In order to handle this challenge 

systematically, the set of optimization parameters 

and objectives should be partitioned into two parts.  

For the current case study, with two sets of 

experimental data (uniaxial and shear as shown in 

Figure 4), minimization of the following partitioned 

objective function is proposed. 

( ) ( )

( ); 1,2,3

total i uniaxial unixial i

shear shear i

Obj A w Obj A

w Obj A i



 
 (6)  

where totalObj , uniaxialObj and shearObj are the total 

objective to be minimized, and objectives for  

uniaxial tension and shear frame tests, respectively.  

uniaxialw , shearw are the corresponding weights. 

iA ( 1,2,3i  ) are the three model constants that 

need to be identified (according to Eqs. (3) and (4)). 

All the parameters assumed to have contributions in 

the total objective function, and the priority of 

individual objective functions (deviation of 

simulation response from particular deformation 

mode) is taken into account by weights ( uniaxialw , 

shearw ). The challenge of this approach, especially 

for an inexperienced analyst, is the correct 

assignment of these weights. An alternative and 

simpler approach, which is also used here, is that 

first the optimization is done only on 1( )unixialObj A , 

which means the axial stiffness of yarns are 

determined from uniaxial tension data. In doing so, 

for the other two parameters (A2 and A3) some 

reasonable fixed values (initial guess) can be used. 

This is particularly a reasonable approach for woven 

fabrics given that under uniaxial mode the main 

dominant factor in the material response is 1A .  

Then, after optimizing 1( )unixialObj A and finding the 

best fitting A1, it can be fixed for the next step to 

minimize 2 3( , )shearObj A A and find the optimum 

values of 2 3,A A . In order to make results even more 

accurate, the above ad-hoc optimization procedure 

can be repeated one or more times by using the new 

2 3,A A in 1( )unixialObj A  and a second iteration on 

2 3( , )shearObj A A . Table 1 shows the results of this 

minimization procedure in the current case study.  

 

Figure 5 shows the comparison between the 

numerical model results and experiments using the 

optimized constants in Table 1. In order to ensure 

that the numerical data are reliable, an extra 

experiment was conducted in the picture frame mode 

with no pretension and compared with the 

simulation using the same model constants identified 

previously (Figure 6).  
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4.2 Extracting response surfaces 

After extracting the material properties of the yarns 

and ensuring that the meso-model can fairly predict 

the response of the fabric under individual modes 

simultaneously, a 10-level full factorial design of 

experiment (DOE) was conducted on the unit cell 

model to extract response surfaces of the material 

behavior under combined loading conditions. More 

specifically, this process included running different 

combinations of macro-level 1  and 2  (which here 

are equal to average strain values over the unit cell) 

as well as the shear strain  , and extracting the 

average stress values at the end of each run. It 

required 10
3
 virtual experiments which took about 

20 hours on a standard workstation.  

 

The resulting response surfaces are illustrated in 

Figure 7. As it can be seen, the state of axial strain 

and shear angle deformation has a significant 

influence on the resulting shear stress, whereas the 

axial stress is predominantly a function of axial 

strains in warp and weft direction and not much 

affected by shear.  

 

Next, using data points on the response surfaces in 

Figure 7, the following polynomial functions were 

identified for the fabric in-plane stress components 

as a function of in-plane axial strain and shear 

components.  

 
21.33 0.422 12.43

{11,22}; {11,22};

ii ii jj ii MPa

ii jj ii jj

     

  
              (7)

  

 

   

   

2 3

11 22

2 23 6

11 22 11 22

3 2

11 22 11 22

433 56.4 2.97 620 10

599 10 3.72 10

26.6 10 501

ij     

   

     

     

     

     

  (8) 

 

The resulting curve-fitted response surfaces in the 

above functions along with the corresponding R
2
 

values are depicted in Figure 8. The reason for 

choosing these particular forms of functions in Eqs. 

7 and 8 rely on the ease of polynomial functions in 

interpolating between untested points of the actual 

response surface, and also on a performed sensitivity 

analysis for adding or removing different terms to 

polynomials (this subject requires a broader 

discussion and will be published separately). 

However, it must be pointed out that for axial 

tension stress component ( ii ), although graphs in 

Figure 7 show some dependency on shear angle 

initially, however with the development of higher 

axial strains, that dependency is almost vanished. 

Accordingly, because the stress levels at this stage 

are very low, it can be considered that shear angle 

has no considerable effect on the whole axial tension 

simulations. 

4.3 Simulation of fabric forming with the new 

material model 

As addressed in Section 1, the final goal of most 

research programs in the field including this article 

has been to arrive at more accurate material models 

for better predicting fabrics behavior during 

composite forming processes. Figure 9 shows a case 

of forming a dry fabric into a hemisphere die using a 

punch and die set-up. Figure 10 reveals the shear 

stress distribution results of this (macro-level) 

simulation using a fabric material model that 

assumes the shear and axial stresses are decoupled 

(by setting the coefficients of 11 22( )   

and 11 22( )  to 0 in Eq. 8), and compares it to the 

actual coupled material model. As it can be seen in 

Figures 10(a) and (b), the deviation between the two 

simulations is notable (can be up to 4 times higher in 

terms of stress level at some spots). It should be 

added that in this case there was not much force 

from blank holders (the applied force on the blanks 

were taken to be 40N), but in other cases there may 

be even higher tension induced to the fabric during 

draping. The latter can occur also due to more 

complex 3D tool geometries.  

5 Conclusions 

Uniaxial tension test and picture frame test with 

pretension along yarns in a dry fabric were used in 

conjunction with a multi-objective inverse 

identification to extract material properties of dry 

TWINTEX glass/PP woven yarns at meso-level. The 

model was verified against an independent picture 

frame test with no pretension. Then, 

virtual/numerical experiments on the meso-level unit 

cell of the fabric were employed to extract the 

material response surfaces at macro-level, which in 
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turn were used in shell modeling of the fabric in a 

FE package to simulate the fabric forming during 

manufacturing. A focus of the work was on 

highlighting the effect of combined axial tension-

shear loading where the interaction between the 

shear and axial loading modes is present. The 

proposed response surface methodology may also be 

used in characterizing the coupling behavior of 

fabrics under other complex loading modes, 

especially when experimentation with customized 

fixtures is infeasible or costly. Finally, an 

interpolated surface response for axial tension along 

yarns and trellising shear stress was postulated and 

implemented into a hemisphere forming simulation. 

Results suggested the importance of accounting for 

the coupling behavior between tension and shear 

stress in the fabric.  

 

As a future work, the research can include studying 

the coupling phenomenon on more complex shapes 

and more practical case studies, and validating them 

with experimental measurements from actual 

manufacturing set-ups. 
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Figure 1. Illustration of the non-orthogonal material 

model used in Abaqus FABRIC model [5] 

 

Figure 2. (a) The new test fixture developed for 

characterizing the coupling of shear-tension in dry 

fabrics (© CCNY-UBC-NUWC) 

 

 

Figure 3. Experiments used for multi-objective 

inverse identification of yarns’ model constants; (a) 

the uni-axial tension; (b) shear frame test with pre-

tension 
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Figure 4. Flow diagram of the suggested multi-

objective inverse identification 

 

Figure 5. Comparison between results of axial 

experiments and simulations with the set of input 

data generated from inverse identification (the share 

frame test is done with pre-tension); along with side 

view of unit cell in tension and top view in shear 

 

 

Figure 6. Validating the meso-level model by using 

the parameters from inverse identification in an 

independent shear frame test with no pretension 
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Figure 7.  Stress response of the representative fabric 

unit cell under different combined bi-axial-shear 

loading conditions; (a) the axial stress reponse along 

the yarns; different layered surfaces are representing 

different levels of shear angle ( ) fixed from 0 to 32 

degrees. (b) the shear response, different layered 

surfaces are represnting different levels of axial 

strain ( 11 ) fixed from 0 to 0.01.  

 

Figure 8. Response surfaces of the stress field fitted 

from the data in Figure 7, along with the resulting 

R
2
-values 

 

 

Figure 9. Geometry of a punch and die in forming 

simulation (dimensions are in mm)  
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Figure 10. Comparison of shear stress in the fabric 

with (a) coupling effect between tension and shear 

stress; (b) decoupled tension and shear 

Table 1. Optimum values of variables obtained after 

two steps of the minimization procedure 

Variable A1 A2 A3 

Value (GPa) 9.39 4.58 14.15 
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1 Introduction 
Several studies have been carried out on weight 
saving on structural equipments. Now research 
focuses on onboard equipments. Those equipments 
in contact with electrical components need to be 
thermally conductive in order to enable the cool 
down of the electronic devices. This work is a part 
of our on-going research in the frame of the 
THEOREM project (THErmal Organic Enhanced 
Materials). This project leaded by THALES 
Systèmes Aéroportés aims to develop a hybrid 
composite material made of a polymeric matrix 
filled with micro and nanoparticles exhibiting a high 
thermal conductivity and reinforced with long 
carbon fibres (PITCH fibres). This material should 
exhibit high thermal conductivity. 
To define the effective thermal properties of 
composites two main lines are developed.  
The first one concerns the improvement of thermal 
conductivity of a thermoset matrix by addition of 
different kinds of fillers. A numerical model of this 
filled matrix was developed to obtain homogenised 
properties.  
The second one is about the improvement of heat 
transfer of the whole material by carbon fibre 
reinforcements in the three directions of space. 
Homogenised properties of the filled matrix were 
then used at the mesoscopic scale taking into 
account geometric models of reinforcements such as 
plain-weave or 2.5D interlocks. Effective properties 
of composite are determined by gathering of those 
two studies (fig.1). 
 
2 Filled matrix 
2.1 Aim 
Within the frame of THEOREM project, our main 
task was to develop a numerical tool enabling both: 

 On a micromechanical scale: the prediction 
of thermal and mechanical properties of 
filled matrices. 

 On a macromechanical scale: the prediction 
of the same properties of a composite 
reinforced with carbon fibres. 

This study is made on COMSOL Multiphysics 4.3.b. 
Within the framework of THEOREM project, we 
also have to take into account industrial processes 
technologies and particle dispersion methods in 
liquid state resin. Those dispersion methods involve 
a random locating of particles. 
 
2.1.1 Algorithm 
First study was made on spherical particles with 
same diameter and randomly dispersed in a 
representative volume element (RVE). The 
algorithm of particles generation is shown in 
figure 2. 
To this end a random function is used to generate 
points considered as particles centres. A non-
penetration parameter which allows only contacts 
between spheres was determined. 
 
2.1.2 RVE and mesh size 
Since the filled matrix does not exist, it is impossible 
to determine the dimension of the RVE from 
micrographies of the material as made in most of 
studies. Here the size of the RVE is decided as a 
function of fillers sizes. Nevertheless fillers size is 
not a sufficient information to decide the dimensions 
of a cubic RVE. The achievable particle volume 
fractions are also a key parameter for determining 
the RVE dimensions. For example if one sphere of 
6 µm of diameter is placed in a cubic RVE, which 
the length edge L depends on the particles volume 
fraction vp, we have for vp = 3% L = 15.56 µm, for 
vp = 30% L = 7.22 µm, for vp = 50% L = 6.09 µm. 
To study the influence of the length edge of the RVE 
on the thermal conductivity coefficient, the size of 
edges of the cubic RVE was ranged between 25 µm 
and 100 µm. Average radius of particles was set at 
3 µm and volume fraction (vp) at 3 %. Mesh size was 
also studied in parallel. An average volume per 
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element was defined. This parameter is determined 
by the total volume of the model divided by the total 
number of mesh elements (tetrahedral elements in 
our case). Coarser is the mesh size higher is this 
parameter. 
Figure 3 highlights the influence of RVE size on 
thermal conductivity coefficient as a function of 
mesh size (average volume per element). In this 
way, on models with a RVE of 100 µm edge, a 
decrease of thermal conductivity coefficient was 
observed between 5 and 10 µm3, which corresponds 
to a mesh ranging from 100,000 to 210,000 
elements. In order to remain in the stabilized part of 
the curve, i.e. an average volume per element of 
5 µm3, mesh size need to be refined, thus increase of 
time calculations. It seems that a RVE of 100 µm 
edge is not the best compromise. Moreover figure 3 
shows a case with low particle volume fractions; 
new models with high particle volume fractions will 
exponentially increase time calculations. On the 
opposite, models with a RVE of 25 µm edge involve 
an extremely coarser mesh that can lead to deformed 
elements, compromising the good resolution of the 
model. Indeed an average volume per element of 
8 µm3 matches with a model of 2,000 elements. The 
best compromise between mesh size and time 
calculation remains a RVE of 50 µm edge. 
 
2.1.3 Random distribution interest 
The aim of this part was to highlighted differences 
between a random distribution and a periodic 
arrangement of particles which is in fact 
experimentally unachievable. Those different 
arrangements were simulated on COMSOL 
Multiphysics. The thermal conductivity coefficient 
was determined owing to the Fourier’s law 
expressed on equation (1). Figure 4 shows that 
thermal conductivity coefficient is not influenced by 
the axis used for boundary conditions defined in the 
next section. Moreover only conduction 
phenomenon was considered. So it could be 
considered that the doped matrix is an isotropic 
material and Fourier’s law can be applied. 

 � = −���������������⃗ � (1) 

For example tab. 1 illustrate the effect of the layout 
on thermal conductivity coefficient for a particle 
volume fraction vp = 3%. L represents the edge 
length of RVE. In order to compare those models at 
iso volume fraction (here vp was set at 3% vol.), 
RVE size was adjusted in the case of pseudo body 
centered cubic (Figure 5) and pseudo face centered 
cubic (Figure 6) models. 

Figure 7 illustrates the case of all particles located 
on one faces and figure 8 the case of all particles 
distributed between both faces in the heat flux 
direction. 
Tab. 1 shows that thermal behaviour of cases 1, 3 
and 4 give similar results of thermal conductivity 
coefficient. Then cases 2 and 5 point out that 
thermal conductivity coefficient is twice as large as 
other models. Case 2 does not correspond to any 
material reality and case 5 highlights that if all 
particles are adjoined between them they create a 
favourite path for heat flux. However this case does 
not seem feasible. 
 
2.1.4 Changes in thermal conductivity coefficient 
as a function of particles volume fraction 
To study the influence of particle volume fraction on 
the thermal conductivity coefficient of filled matrix, 
following boundary conditions were applied 
(Figure 9): 

 Cubic RVE edge length: L = 50 µm 
 Thermal conductivity coefficient of matrix: 

λm = 0.2 W/(m.K) 
 Thermal conductivity coefficient of fillers: 

λp = 237 W/(m.K) (aluminium particles) 
 Radius fillers: R = 3 µm 
 Initial temperature: T0 = 0 K 
 Surface heat flux: ΦS = 1 W/m2 

Those boundary conditions allow simplifications on 
the resolution of Fourier law. 
Figure 10 shows the changes in thermal conductivity 
coefficient in the case of a RVE of 50 µm edge and 
for an average radius of particles of 3 µm. Thus an 
increase in the thermal conductivity coefficient as a 
function of particle volume fractions (vp%) was 
observed. However a numerical limitation of the 
model due to capabilities of the PC used in this work 
was highlighted. Indeed beyond 20% of particles in 
volume, meshing becomes impossible with PC 
assigned to this project (16 Go RAM, 8 cores at 1.87 
GHz). 
 
2.1.5 Particles diameter effect 
It is well-known that real filler size is not at all a 
single and constant value. Usually when a micronic 
or submicronic size filler is considered, the particles 
real dimensions follow a Gaussian distribution. An 
important assumption of our study is that all the 
fillers have the same dimensions. This is a rough 
assumption but it enables to perform first 
computations. However, it is planned to take into 
consideration a Gaussian distribution of particles 
dimensions within a very near future. 
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Figure 11 highlights particle size effect on thermal 
conductivity coefficient in the case of a RVE of 
50 µm edge, an average radius of 1 or 3 µm et for 
vp = 3%. Because of the particle size, models 
corresponding to an average radius of 1 µm have a 
smaller average volume per element and a decrease 
of thermal conductivity coefficient previously 
observed occurs earlier than with models using an 
average radius of 3 µm. However if this part of the 
curve is not taken into account, values of thermal 
conductivity coefficients between models with a 
radius of 1 or 3 µm are the same. Thus in order to 
limit computation time it is better to chose an 
average radius of 3 µm. 
 
2.1.6 Summarize of numerical modelling 
In summarize the choice in the RVE size is made by 
compromise between mesh size and calculation 
speed. In this way we noticed the best compromise 
was a RVE size of 50 µm. The distribution of 
particle sizes is not still taking into account in this 
model. In order to verify a potential effect of particle 
size, a variation between two values of average 
radius highlights that a too small particle size 
compare to RVE size  causes an increase of mesh 
element numbers, thus an increase of time 
calculation. 
 
2.2 Analytical models 
The interest of analytical models available in 
literature is found in their quick estimation of 
thermal conductivity coefficient. 
 
2.2.1 Definition of models 
In a first time, in order to correlate with numerical 
model previously develop, we focalised on 
analytical models adapted to spherical particles. 
Thermal conductivity models could be divided in 
two groups: those considering a perfect 
particles/matrix interface and those considering this 
interface as imperfect. In this case this mean that it 
has to take into account a thermal contact resistance 
between components; particles and polymer matrix. 
In the case of a perfect interface we targeted the 
following models: effective medium model [1], 
Hamilton-Crosser model [2], Lewis-Nielsen model 
[3]. 
In the case of imperfect interface we limited to 
Hasselman and Johnson model [4]. For all models 
describe hereinafter λc the thermal conductivity 
coefficient of composite, λm the thermal conductivity 
coefficient of matrix, λp the thermal conductivity 

coefficient of particles and vp the particle volume 
fraction. 
Effective medium model (equation (2)) is valid for 
low particle volume fractions. 

 �� = �� �1 +
3�� �

��
��

− 1�

�
��
��

+ 2� − �� �
��
��

− 1�

� (2) 

Hamilton-Crosser model (equation (3)), depends on 
a shape factor n which take into account particle 
geometry. n factor define the particle sphericity 
(equation (3)). For spherical particles n = 3. 

�� = �� �
�� + (� − 1)�� − (� − 1)����� − ���

�� + (� − 1)�� + ����� − ���
� (3) 

 

 � =
3

�
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With ψ the particle sphericity 

 � =
�������

��������
 (5) 

With Surfsph, the surface of a sphere having the same 
volume as the particle and Surfpart, the surface of the 
particle. 
 
Lewis-Nielsen model (equation (6)) takes into 
account the maximum packing fraction Φm, as well 
as a parameter A (equation (7)) depending on the 
Einstein generalized coefficient kE. This parameter is 
function of the pure matrix viscosity, the doped 
matrix viscosity and the particle volume fraction. It 
assumes that for spherical microparticles kE = 2.5 
and for prolate or oblate ellipsoid microparticles kE 
is higher than 2.5 [5]. 
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 � = �� − 1 (7) 

In the case of a random packing of spherical 
particles A = 1.5 and Φm = 0.637. This model takes 
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into account the geometric aspect of particles and 
their distribution in the matrix. 
Hasselman and Johnson model (equation(8)), takes 
into account an imperfect particles/matrix interface. 
It depends on, besides parameters previously define, 
the particle radius a and the thermal conductance hc 
which represents the interface thermal resistance. 
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 (8) 

 
2.2.2 Analytical results 
To compare different analytical values of thermal 
conductivity coefficient of composite in function of 
particle volume fraction (vp%), thermal conductivity 
coefficient of matrix is set at λm = 0.2 W/(m.K) 
(general value of epoxy systems), whereas thermal 
conductivity coefficient of particles (here 
aluminium)  is set at λp = 237 W/(m.K). Average 
radius of particles was considered constant: 
a = 3 µm. Particle volume fraction vp ranges 
between 0% and 55%. For Hasselman model, the 
thermal boundary conductance hc depends on matrix, 
particles and interface geometry. It is quite difficult 
to define an exact value, hc value is thus determined 
according to [1] hc = 1.10-7 W/K. 
Figure 12 results show that effective medium model 
and Hasselman model exhibit the same trends. 
Hamilton model is close to Hasselman model. 
Lewis-Nielsen model is limited to a maximum value 
of packing fraction of particles which is 63.7% in 
our case. Numerical results are between Hasselman 
and Hamilton models. Hasselman model depends on 
hc parameter which is difficult to determine 
experimentally or numerically. Hamilton depends on 
the n parameter which employs particle sphericity. 
Thus it is possible to observe the effect of shape 
particle on the model. Hamilton model is thus 
defined as referential analytical model. 
 
2.3 Experiment 
2.3.1 Components 
Two groups of samples are made. The first one in 
Institut Clément Ader (ICA) with an epoxy system 
MAP R.12.13.03.i1 doped with 11HPS aluminium 
particles (Toyal) and copper particles (Pometon). 
The second one was produce in RESCOLL (project 
partner) with an epoxy system LY556 + D230 
(Hunstman) doped with Z600 aluminium particles 
(Toyal). Fillers were dispersed using a pale mixer 
then masterbatches were put on moulds and cured in 

an oven. Z600 particles have d(50) = 6.484 µm and 
11HPS particles have d(50) = 9.752 µm. Figure 13 is 
an optical microscope observation of the distribution 
of Z600 aluminium and copper particles for different 
volume fractions. ImageJ was used to analyse those 
images as shown in Figure 14. Original images were 
256 greyscale images. To analyse the particle 
contours a binarization in black and white and then a 
manual thresholding (operator dependent) were 
made. The shape of Z600 aluminium particles is 
close to circle, thus we could consider that this shape 
approach a sphere shape, whereas copper particles 
come close to needle shape. For aluminium particles, 
for vp = 50%, it could be also observe an 
agglomerate creation. 
 
2.3.2 Measurements 
Density values are determined by immersion 
weighing method, specific heat capacity values are 
experimentally obtained by DSC (Differential 
Scanning Calorimetry). Values of thermal 
conductivity coefficient at room temperature are 
determined by equation (9) based on diffusivity 
measurements made on a Nanoflash LFA 447 
(NETZSCH) for RESCOLL samples and on a 
Microflash LFA 457 (NETZSCH) for ICA samples. 
Those values are listed on Tab. 2. 

 � = ���� (9) 

with λ, a, Cp and ρ respectively thermal conductivity 
coefficient, thermal diffusivity, specific heat 
capacity and density of the sample. 
 
2.3.3 Comparison between experimental results 
and analytical and numerical models 
Values of thermal conductivity coefficient of 
analytical and numerical models and experimental 
results are compared figure 15. Both models 
underestimate the value of experimental thermal 
conductivity coefficient. However, as underlined on 
2.2.2, Hamilton model depends on a parameter n 
which takes into account shape particles. In figures 
16, 17 and 18 obtained results highlight the effect of 
this parameter on Hamilton model knowing that for 
spherical particles n = 3. Thus, the geometry of Z600 
aluminium particles is close to the one of a sphere 
seeing that experimental results are surrounded by n 
values between 3.6 and 4.4. On the other hand, the 
geometry of 11 HPS aluminium particles and copper 
particles move away from the geometry of a sphere. 
Those observations are in agreement with figures 13 
and 14, pictures showing epoxy/copper 
microstructure. In conclusion higher is the value of n 
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more the sphere becomes a prolate ellipsoid or a 
very flat plate. So, figures 16 to 18 highlight the 
influence of particle shape on the thermal 
conductivity coefficient of a doped matrix. For 
example for matrix doped with copper particles 
(λm = 0.145 W/(m.K) and λp = 385 W/(m.K)) (figure 
18), for a particle volume fraction vp = 15%, for 
n = 3 (spherical particles) λc = 0.2472 W/(m.K) 
whereas for n = 9, λc = 0.4 W/(m.K) meaning an 
increase of 61.8%, or for n = 18, 
λc = 0.6262 W/(m.K) corresponding to an increase of 
153.3% compare to n = 3. Finally the more particle 
shape comes close to needle shape the more the 
thermal conductivity coefficient of the doped matrix 
increase. 
 
3 Reinforcements: numerical modelling 
Mesoscopic scale was investigated from an 
experimental, an analytical and a numerical point of 
view. Reinforcements studied are 2D, 2.5D Interlock 
and orthogonal 3D. They are developed by an 
industrial partner of the project. From a numerical 
modelling point of view, initially we have created 
representative numerical models of different fibrous 
structures used in this project, in order to study their 
thermal behaviour. The aim of this study was to 
analyse the effect of the fibre volume fraction on 
thermal conductivity coefficient of an epoxy/carbone 
fibres composite. Indeed, in manufacturing of 
laminated composite parts by liquid moulding 
process, the thickness of the part, thus plies of fibres 
and matrix interplies, depends on process parameters 
– closing pressure of the mould. In the end fibre 
volume fraction increases with laminate crushing 
and this fact certainly influence the transverse 
thermal conductivity coefficient of the laminate. A 
numerical modelling by finite element method was 
developed with ABAQUS. RVE is defined as shown 
in figure 19. The thermal conductivity coefficient of 
the matrix is defined isotropic and the one of the 
fibre as orthotropic. The value of the longitudinal 
thermal conductivity coefficient of fibres is given by 
supplier data for NGF (Nippon Graphite Fiber 
Corp.) XN90 (PITCH) fibres. The value of 
transverse thermal conductivity coefficient is 
supposed set at 1/3 or 1/10 of the value of 
longitudinal thermal conductivity coefficient (Tab.3) 
as hypothesized in literature [6]. 
 
Fibre thickness remains constant throughout the 
study (e = 1 mm). Resin thickness on upper and 
lower faces of RVE as well as interface between 
fibres, range between 0 mm (perfect contact) and 

1 mm (fibre thickness). Fibre volume fraction vf 
range between 25% and 62.5%. A temperature delta 
of 10K was applied between upper and lower faces 
of the model perpendicular to the lamination plane. 
 
Figure 20 highlights the heat flux distribution 
perpendicular to the lamination plane for a volume 
fraction of 25% (resin interface of 1mm between 
fibres) and 62.5% (no interface between fibres). It is 
clearly observed that the heat flux is lower in the 
model with vf = 25%. In order to evaluate transverse 
thermal conductivity coefficient of the model, the 
heat flux was calculated on upper and lower faces of 
RVE and the thermal conductivity coefficient was 
determined by equation(10). 
 

��� =
�������

Δ�
 (10) 

with λte, the effective transverse thermal conductivity 
coefficient of composite, Φ, the heat flux, elayer, the 
composite thickness, ΔT the temperature delta set 
between both faces of composite. 
 
Figure 21 illustrates the evolution of thermal 
conductivity coefficient of the composite in function 
of fibre volume fraction for both values of transverse 
conductivity (λt1 = 60 W/(m.K) and 
λt2 = 200 W/(m.K)). Results show that an increase of 
fibre volume fraction involves an increase of thermal 
conductivity. Also an increase in the value of 
transverse thermal conductivity coefficient of fibres 
involves an increase in the effective transverse 
thermal conductivity coefficient. Finally, to simulate 
a doped resin, the thermal conductivity coefficient of 
the resin is multiplied by 3 (from 0.2 to 
0.6 W/(m.K)), the effective thermal conductivity of 
the composite change from 7.75 W/(m.K)) to 
16.2 W/(m.K) for vf = 61.6%. 
 
4 Conclusion – In prospect 
A numerical model allowing to randomly dispersed 
spheres on a RVE was developed. This 3D model is 
able to define the homogenized value of thermal 
conductivity coefficient of a doped matrix as a 
function of particle volume fraction. This 
homogenized value is used on the determination of 
thermal conductivity coefficient of a hybrid 
composite constituted by a doped matrix and 
reinforced with long carbon fibres. A numerical 
limitation was highlighted from vp = 20% but it is 
not problematic according to previous comment. 
Optical microscope observations show that some 
particle geometries are closer to a deformed ellipsoid 
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than a sphere. This was correlated with Hamilton 
model which highlighted the effect of particle 
sphericity on thermal conductivity coefficient. A 
new numerical model generating random 
distribution of ellipsoidal particles is in progress. For 
reinforcements, simple structures were investigated 
first. A study on plain-weave compaction was leaded 
to observe effect of fibre volume fraction on thermal 
conductivity coefficient. New studies on satin-5 and 
Interlock 2.5D are in progress. RVE models of 
composite with homogenized matrix suppose there 
is no resin in fibres. A thought on the validity of this 
assumption is still in progress, with the development 
of an experimental device enabling the thermal 
conductivity coefficient on dry or impregnated fibres 
to be measured.  
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Fig. 1. Numerical modelling approach. Doped matrix: 
COMSOL Multiphysics, textile: ABAQUS. 
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Fig. 2. Algorithm of random distribution of particles and example of generated mesh 

 

 

 

Fig. 3. RVE size effect on thermal conductivity coefficient 
as a function of average volume per element 

 

Fig. 4. Thermal conductivity coefficient as a function of 
average volume per element and as function of heat flux 

axis 

 

Fig. 5. Pseudo body centered cubic arrangement 
(vp = 3%) 
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Fig. 6. Pseudo face centered cubic arrangemen
(vp = 3%) 

Fig. 7. All particles on one face

Fig. 8. All particles between faces, in the direction of heat 
flux (vp = 3%) 
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Fig. 9. Boundary condit

Fig. 10. Evolution of thermal conductivity coe
function of particle

 

Fig. 11. Particles radius effect on thermal conductivity 
coefficient as a function of average volume 
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. Evolution of thermal conductivity coefficient as a 
function of particle volume fraction 
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Fig. 12. Comparison between analytical models and 
numerical modelling as a function of particle volume 

fraction 

 

 

Fig. 13. Optical microscope pictures a) Al-Z600 30%, 
b) Al-Z600 50%, c) Cu15% 

 
 

  

 

 

Fig. 14. ImageJ analysis a) Al-Z600 30%, b) Al-Z600 
50%, c) Cu15% 

 

 

Fig. 15. Comparison of thermal conductivity coefficient 
as a function of particle volume fraction – Hamilton 
model, numerical modelling and experimental results 

(Z600) (TOYAL) 

 
 

 

Fig. 16. Effect of n factor on Hamilton model – 
Aluminium particles Z600 (TOYAL) 

 
 

 

Fig. 17. Effect of n factor on Hamilton model – 
Aluminium particles 11HPS (TOYAL) 
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Fig. 18. Effect of n factor on Hamilton model – Copper 
particles (Pometon) 

 

 

 
 

Fig. 19. Plain-weave RVE (dark part) 

 

 

Fig. 20. Distribution of heat fluxes perpendicular to 
lamination plane 

 

 

Fig. 21. Evolution of effective transverse thermal 
conductivity as a function of fibre volume fraction  

 

Case Layout vp(%) λ (W/(m.K)) 
L 

(µm) 

1 Random 2.992 0.226 50 

2 
Pseudo body 

centered cubic 
2.990 0.466 19.6 

3 
Pseudo face 

centered cubic 
2.980 0.232 24.7 

4 
All particles 
on one face 

2.978 0.223 50 

5 Between faces 2.941 0.443 50 

Tab. 1. Comparison between values of thermal 
conductivity coefficient according to particles layout  

 
 
 

 
ρ 

(g/ml) 
Cp 

(J/(g°C)) 
a 

(mm2/s) 
λ 

(W/(m.K)) 

R12.13.03.i1 1.110 1.248 0.105 0.145 
Al 5% 1.185 1.204 0.145 0.207 

Al 10% 1.275 1.271 0.175 0.284 
Al 15% 1.363 1.267 0.218 0.376 
Cu 5% 1.461 1.129 0.189 0.312 

Cu 10% 1.790 0.9194 0.292 0.481 
Cu 15% 2.189 0.8119 0.396 0.704 

LY 556 + 
D230 

1.12 1.217 
0.140 

(0.005) 
0.207 

(0.017) 
Al - Z600 

5% 
1.23 1.273 

0.178 
(0.012) 

0.270 
(0.026) 

Al - Z600 
15% 

1.38 1.117 
0.270 

(0.009) 
0.380 

(0.003) 
Al - Z600 

30% 
1.54 1.075 

0.415 
(0.005) 

0.597 
(0.004) 

Al - Z600 
50% 

1.77 0.9489 
0.788 

(0.003) 
1.270 

(0.042) 

Tab. 2. Physical and thermal features of pure and doped 
resins at 23°C 

 
 
 

Resin (W/(mK)) 
Fibres (W/(mK)) 

Longitudinal Transverse 
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Tab. 3.Values of thermal conductivity coefficients of 
epoxy matrix and carbon fibres 
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1 General introduction  

 
Carbon fiber reinforced composites (CFRP) are 

extensively utilized in many industries due to their 

remarkable mechanical properties and light weight.  
One recent industry utilizing such composites is oil 

and gas. Notwithstanding, FRP laminates are 

critically susceptible to delamination, often initiated 

due to invisible interlaminar cracks. Such flaws in 
turn weaken the overall strength and stiffness of the 

material, thus reducing its in-service life and 

reliability. Consequently, it is desirable to develop 
an effective in-situ structural health monitoring 

technique that could prevent potential catastrophic 

failures in composite structures. 
Most conventional nondestructive damage detection 

methodologies are not considered as “real-time 

based” techniques.  Methods such as the X-ray, 

ultrasonic scanning, thermography, as well as those 
methods that require utilization of piezoelectric 

sensors or optical fibers, either require expensive 

equipment and/or skilled operators, thus are 
relatively costly.  In some cases, the addition of 

sensors within laminates could potentially increase 

the likelihood stress-riser regions, further 
exasperating structure’s health.   

The electrical resistance change (ERC) is a unique 

method that does not require implementation of 

additional sensors for detecting damage; however, it 
requires conductive materials like carbon. Several 

comprehensive research works have been performed 

in relation to damage detection of CFRPs using ERC 
(see for instance [1-3]). Virtually, all the research 

works conducted thus far have indicated that CFRPs 

are electrically anisotropic, and the electrical 

conductivity through the thickness of such materials 
becomes a function of the electrical contact 

resistance amongst the layers.  This indicates that the 

through-thickness conductivity is considerably lower 

than that along the fiber direction. Therefore, 

through-thickness damage (delamination) detection 
in laminates is more challenging in comparison to 

the types of damage that occurs along the fiber 

direction (e.g., fiber breakage). Therefore, increasing 
the through-thickness electrical conductivity of 

laminates could positively enhance the accuracy of 

interlaminar damage detection [4].  

To increase the electrical conductivity of CFRP 
laminates, their matrix’s electrical conductivity 

could be improved. Several types of nano particles 

have been considered by various researchers to 
improve the electrical conductivity of various 

matrices (e.g., nano silver) [5, 6]. 

Emerging carbon nano-particles (CNPs) such as 
carbon nanotubes (CNTs), carbon nano-fibers 

(CNFs), buckyballs (C60) and graphene nanoplatelet 

(GNPs) have introduced a new generation of multi-

purpose modifiers with outstanding mechanical, 
electrical and thermal properties [7-9]. However, the 

main challenges of fabricating CNP nanocomposites 

are the production cost of CNPs and the cost 
associated with the effort required to disperse CNPs 

in the resin. 

Since the discovery of the GNPs, the investigations 
have mainly focused on fabricating nanocomposites 

using GNPs due to their lower cost and simpler 

manufacturing method compared to CNTs [10]. The 

multi effects of GNPs when added to the resins have 
been assessed experimentally [11-15] and some 

theoretical and semi empirical models have been 

developed to predict the elastic modulus and the 
electrical conductivity of GNP nanocomposites [16-

17].        

In this research, the effect of graphene nanoplatelets 

(GNPs) as a means for enhancing the electrical 
conductivity of epoxy resin was firstly assessed and 

then, improving the ERC-based detection of 

invisible delamination in such laminates, was 
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investigated. Therefore, the main objective for the 

use of GNPs has been to increase the through 

thickness and transverse electrical conductivity of 
the host CFRP laminates.  

2 Materials  

Araldite LY 564 (Bisphenole-A epoxy resin) was 
mixed with Aradure 2954 (cycloaliphatic polyamine 

hardener) with weight ratio 100:35. LY564 is a hot 

cure and low viscosity (1200 mPa.s) epoxy resin. 

This epoxy system is available through Huntsman 
Co (west Point, GA). 

The GNP considered as nano-filler in this research 

was xGnP-M-25, obtained from XG scientific 
(Lansing, MI). xGnP-M-25 has average thickness of 

7 nm and an average particle diameter of 25 �� 

(Figure 1). The specific surface area of xGnP-M-25 
is approximately150 m

2
/g. It has the density of 2.2 

g/mL and the electrical conductivity of 10
7
 

Siemens/meter. It should be noted that the GNPs 

used in this study were in the form of as-received 
from the factory and no structural and chemical 

modification were done on the nano-particles. 

The unidirectional (UD) carbon fiber fabric used in 
this research is available through Fiber Glast Corp. 

(Brookville, OH). This UD fabric is made without 

the use of typical hot melt process. Consequently, 

there is no crimping of the fibers and only minimal 
binder is used. The dry thickness of used UD carbon 

is 0.35 mm and it weighs 305 g/m
2
.   

3 Specimen preparations 

3.1 GNP/Epoxy nanocomposites 

To fabricate the baseline test specimens (neat epoxy 

resin), Araldite LY 564 was mixed with Aradure 
2954 hardener with the mentioned mixing ratio 

using a mechanical stirrer at 100 rpm for 10 minutes. 

Next, the mixture was degassed in a vacuum 

chamber at -28 in-Hg for 30 minutes, and then 
poured into molds. According to manufacturer’s 

instructions, this resin should be cured at 100 �  for 

half an hour and then post-cured at 160 �  for 8 
hours. 

To fabricate the GNP-nanocomposite reinforced 

epoxy specimens (GNP-NCRE), firstly, the 

appropriate amount of GNPs were distributed into 
the resin using a mechanical stirrer at 2000 rpm for 

15 minutes; then, the mixed GNPs were further 

dispersed into the resin using a three roll mill Lab 
model (Torrey Hill Technology, San Diego, CA). 

The roller rotating speeds were kept constant at 174, 

84 and 31 rpm for apron, middle and feed rolls 
respectively for all specimens. The dispersion of 

GNPs was promoted with roller gap distance of 40 

��  for each GNP weight percent in resin (i.e., 0.5, 

1, 1.5 and 2 wt%). 
The dispersion process was repeated seven times for 

each concentration of GNP. After the dispersion, an 

appropriate amount of hardener was added to the 
resin and mixed using a mechanical stirrer set at 100 

rpm for 10 minutes. The mixture was degassed in a 

chamber at -28 in-Hg for 30 minutes. Finally, the 

molds were poured and the GNP loaded resin was 
cured according to the aforementioned curing 

regime. 

3.2 CFRP nanocomposite laminate fabrication 

To fabricate the CFRP specimens, six layers of UD 

carbon fabric were cut with dimensions of 180 mm × 

180 mm and  stacked on each other to obtain [06] 
laminate. The resin was injected into the fabrics 

using a VARTM setup for all CFRP laminates (i.e., 

CFRP laminates without and with GNP). Two 

virtual interlaminar crack zones were created by 
inserting two pieces of circular and thin Teflon 

layers with 10 mm diameter between layers 3 and 4 

of the laminate during stacking process. Further 
information about the location of the interlaminar 

cracks will be provided in sections 4.2.  

The laminates were cured for 2 hours at 60 � and 

post-cured for 8 hours at 120�. It should be noted 
that the weight percent of GNP in CFRP laminate 

was chosen based on the results reported in section 

5.1. The GNP concentration by which the minimum 
electrical resistivity of nano-composite reinforced 

epoxy (NCRE) was obtained was assumed as the 

criterion of the selecting of GNP weight percent.  

4 Test Methods 

4.1 GNP/epoxy electrical resistivity 

To measure the electrical resistivity of NCREs, a 

rectangular specimen with the dimensions of 60 mm 
× 10 mm were cut from a 3 mm thick NCRE bar 

with the dimensions of 100 mm × 20 mm. The 

through- thickness electrical resistivity of the neat 
epoxy and NCRE specimens with less than 1 wt% 

GNP was measured as per ASTM D257 [18]; and 

for remaining specimens, the electrical conductivity 

was assessed through the axial axes of the specimens 
as per ASTM D4496 [19]. 

A fixture was designed (see Figure 2) to facilitate 

measuring the electrical resistivity of NCRE 
specimens using the two-wire method. A highly 

accurate source/measurement unit (Keithley 2635B) 

was used to apply constant DC voltage of 100 volts 
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and the resultant current in specimens was 

measured. At least three specimens were tested for 

each weight percent of GNP content and all tests 

were carried out at room temperature (23 �) at 50% 

relative humidity. Then, the volumetric electrical 

resistivity was calculated using Equation 1[19]  

�� � ��

�

	
 (1) 

 

where �� is the volume resistivity (Ω. ��); �� is the 

volume resistance (i.e., the ratio of the DC voltage 

applied to the two electrodes on the specimens to the 
current distributed within the volume of the 

specimen, measured between the electrodes (Ω)); A 

is the effective cross-sectional area of the electrodes 

(cm
2
) and L is the distance between the electrodes 

(cm). 

4.2 Laminate ERC measurement 

To assess the ERC in the laminates, specimens with 
dimensions of 125 mm × 125 mm × 2 mm were 

extracted from the base 180 mm × 180 mm × 2 mm 

laminate. The top and bottom surfaces of specimens 
were ground using sandpaper (roughness of 100) to 

facilitate direct contact between the electrical 

conductive tapes and carbon fibers in the laminates. 

An addressable conducting network proposed by 
Takahashi et al [4] was used to find the location of 

invisible delamination. Conductive copper tapes 

were attached on each side of laminates.  The width 
of each conductive line was 6 mm and the distance 

among the copper tapes was 25 mm. The direction of 

each conductive line located on the top surface of 
the laminates was parallel to the fiber direction, 

while those on the bottom surface were aligned 

perpendicular to the fibers’ direction. The 

conductive bands were denoted one to six and A to F 
on the top and bottom surfaces of specimens, 

respectively. Figure 3a shows the entire 

experimental set up, including the specimen, used 
for assessing the ERC of CFRP. 

A hole with 7.5 mm diameter was created through 

the thickness of laminate up to the Teflon layers in 

the mid-thickness of laminate using high speed 
milling machine and then, the machine speed was 

reduced to one tenth of its initial speed while the 

drill bit was constantly pressing the remaining layers 
(i.e., those under the Teflon layers) downward. As a 

result, an interlaminar crack (or delamination) was 

created around the hole. Figure 3b shows the 

schematic of the setup by which the invisible 

delamination was created in CFRP laminates. One 

hole was created with coordinates in between 
conductive bands 4 and 5 on the  top surface and in 

between conductive bands B and C on the bottom 

surface of the laminates. The second hole was 
created between (3,4) and (D,E) conductive bands.      

The electrical resistance between each pair of top 

and bottom conductive bands was measured based 

on the two-wire method by supplying 10 mA DC 
current using a highly accurate source/measurement 

unit, Keithley 2635B. A Multiplexer (Keithley 

7011S) with a switch framework (Keithley 7001) 
were used to measure the resistance in a specific 

order between the contact pairs (see Figure 3c). A 

code was written in the Labview environment to 
control the experiment and to acquire and store the 

data.  

5 Test Results and discussion 

5.1 Electrical resistivity of NCRE 

Figure 4 shows the electrical resistivity of the neat 

resin and the NCREs as a function of the GNP 

weight percent. NCREs with low concentration of 
GNPs show more or less the same resistance as the 

neat resin. Beyond 1 wt% GNP inclusion, the 

resistivity dramatically decreases. When the 

electrical resistivity of a NCRE suddenly decreases 
over a narrow range of filler concentrations, this 

threshold (i.e., filler volume fraction) is referenced 

as the “electrical percolation threshold” (EPT). In 
this study, the EPT was determined to occur at 1.2 

wt% concentration of GNP.   

The EPT depends on the filler size and the distance 
among the fillers. There are several analytical and 

semi-empirical models for predicting the EPT of 

nanocomposites such as the “exclude volume 

model” [20], Lu and Mai’s model [21] and a 
recently proposed model based on the average 

interparticle distance (IPD) [17]. The latter model 

predicts the volume fraction of GNP at which the 
EPT would occur in NCREs by using Equation 2 

[17].  

 

��� �
27����

4�� � �����
 (2) 

 

where  ��� in the volume fraction of GNP, D is the 

nominal diameter of GNPs, t is the GNP thickness 

and ���  is the specified length corresponding to 
electron hopping taking place between the adjacent 

conductive fillers and it could be set to 10 nm for  
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most types of the resins when GNPs  with high 

aspect ratios are used [17]. 

The IPD model predicted the EPT to occur at 0.89 
wt% GNP, while the experimental results show a 

deviation of approximately 25%. King et al [15] 

obtained similar EPT (1.48 wt %) as obtained in our 

experiments using GNPs with 15 �� diameter and 7 

nm thickness. To further explore the cause of the 

discrepancy, a specimen previously used for 

evaluating the electrical conductivity of each GNP 
concentration was broken in half under a bending 

load and the fracture surfaces were assessed using 

the FE-SEM.    
Figure 5a shows the facture surface of the NCRE 

with 0.5wt% GNP concentration. The small arrows 

indicate the dispersed GNPs in the matrix. As 
evident, the distances among the GNPs are larger 

than the distance required for the electrons to be able 

to transfer from one GNP particle to another; as a 

result, the electrical resistivity of the NCRE is quite 
similar to that of the neat epoxy. Although distances 

among GNPs’ in specimens with 1 wt% GNP 

concentration are less than those observed in the 0.5 
wt% specimens (Figure 5b), nevertheless no GNP 

cluster was  observed. It should be noted that the 

increase in the concentration of GNPs could increase 

the probability of GNP clustering. Figure 5c 
(1.5wt% GNP) and Figure 5d (2 wt% GNP) 

illustrate that the electrodes could potentially move 

easily within the clusters; as a result, the electrical 
resistivity of NCREs would be dramatically 

decreased. 

 Moreover, it is postulated that the average 
characteristic dimension of GNPs (i.e., GNP 

diameter), could play an important role on defining 

the percolation threshold of a NCRE. Smaller 

diameter GNPs would result in relatively higher 
EPT. Figures 6a, b, c and d also illustrate that the 

average size of the dispersed GNPs’ diameter is less 

than 25 �� as per vendor’s data.     

5.2 Delamination detection  

First, all the initial pair resistances (i.e., in the 

orthogonal direction) of  the laminates without a 

delamination were evaluated (as the baseline data). 
Subsequently, the first hole and delamination were 

created with the procedure outlined in section 4.2. 

Then, the resultant resistances were measured in 
each pair of conductive contacts.  

The color code map  of pair resistance changes 

(PRC) of a typical  laminate that hosted one 
delamination is shown in Figures 6a and 6b. Each 

color represents the PRC between the top and 

bottom conductive bands. So, the entire area of 

laminate is shown by a 6×6 matrix (i.e., 36 areas). 

The resistance change at each pair of conductive 
bands was calculated by Equation 3.  

      

�� �
�′���, !"� # ����, !"�

�′���, !"�
 (3) 

where RC is the PRC, �′  is delamination hosting 

laminates’ pair resistance (PR) and R is baseline 
laminates’ PR (i.e., laminates without interlaminar 

crack). (tx,by) refers the pair resistance coordinate. 

For example, (t1,bC) denoted the PR between the 
top conductive band 1 and bottom conductive band 

C. 

As seen, the delamination caused the PRC to 
increase significantly. The through-thickness 

electrical conductivity of laminates is a function of 

electrical contact area of fibers in adjacent layers. 

Therefore, debonding among the layers of laminates 
interrupts the electron  transfer from one layer to 

adjacent layer, which  leads to high electrical 

resistance through the thickness of CFRP laminate. 

To minimize the effect of system noise on 

delamination detection, the experimental results 

were passed through the following filter. 

 

 

In the above flowchart em is the measurement error , 

ERmax  is the maximum PRC of the laminate, ERi is 

the maximum PRC of the area surrounding the 
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ERmax, ERc is the minimum value for PRC to be 

considered as an evident for delamination and ERP is 

the PRC at each pair of conductive bands. 

The proposed filter compares the maximum pair 

resistance change with the measurement error of the 

system. When the value of ERmax is more than em the 
filter divides the mean value of REmax and three 

other maximum PRC obtained in the area 

surrounding the ERmax by two, so to obtain the 

critical pair resistance value (ERC). Each PRC that is 
more than ERC could potentially indicate the 

existence of a  delamination area.   

The area surrounding the hole was obviously 
expected to show the highest PRC. Figure 6a 

illustrates that areas (5,C), (5,b), (4,B) and (4,C), 

which clearly show relatively higher PRC in 
comparison to the other areas. The sensitivity of the 

electrical resistance of the laminate with 

delamination was increased in the NCRE laminates 

(Figure 6b). The ERC measured in GNP-reinforced 
laminates is 27% higher than that of the laminate 

without GNPs. Furthermore, some areas  around the 

areas with highest  ERC in the GNP-reinforced 
laminates were observed to have higher   PRC  than 

the calculated ERC. It worth noting that this 

phenomenon was not observed in laminates without 

GNPs.  In the GNP-reinforced laminates, some of 
the GNPs would have contacts with carbon fibers of 

layers interface. As a result, the electrical contact 

resistance among the layers would be decreased. In 
other words, the improvement in conductivity 

obtained through the GNP reinforced resin increases 

the through-thickness conductivity of the laminate  
Takahashi et al [4] has demonstrated analytically 

that the sensitivity of the ERC method for 

delamination detection would increase dramatically 

if the transverse and through thickness electrical 
conductivities of laminates are improved. 

It should also be noted that matrix cracking could 

not be observed in the laminates without GNPs, 
because the matrix would have low electrical 

conductivity and small cracks in matrix do not 

change the electrical resistance of laminates by a 
great margin. However, GNPs are essentially piezo-

resistive materials; any change in a GNP’s length (as 

result of either elongation/compression or bending) 

would cause a significant change in GNP’s electrical 
resistivity. Matrix cracking could potentially bend or 

change the length of some of the GNPs. Thus, small 

or minor defects would be observable in laminate 
hosting GNPs (see Figure 6b).  

Figures 7a and 7b show the areas containing two 

delaminations.  The electrical resistance was 

marginally varied  around the first hole but the ER 
change is still more than ERC. This variation was 

obtained through the actual numerical values. 

Figures 6c, 6d, 7c and 7d are 2D contours of surface 
fitted on the obtained ERC results in this 

experimental research to determine the in visible 

delamination area in the laminate. The dark colors 

are  indicative of the areas in which most likely the 
debonding exist, while the bright colors present the 

areas with potential matrix cracking.  

6 Summary and conclusion 

In this research, the effect of GNPs on the electrical 

conductivity of epoxy resin was assessed. 

Accordingly, the GNP loaded resin  GNP was used 
to facilitate damage detection of an invisible flaw  

using the electrical resistance change method in 

CFRP laminates made by GNP-reinforced resin. 

To assess the electrical conductivity of GNP/epoxy 

composite, GNPs with nominal diameter of 25 �� 

and thickness of 7 nm were dispersed with different 

weight percent in an epoxy. The results indicated 
that the electrical conductivity of CFRP laminates 

that were prepared by the GNP-reinforced epoxy 

resin dramatically decreased when the weight 

fraction of GNP exceeded beyond 1.5 wt%. This 
weight fraction is called the electrical percolation 

threshold of the GNP reinforced laminates. 

The proposed ERC method could successfully 
distinguish the invisible delamination created around 

a hole in the laminates. But, the existence of GNPs 

increased the sensitivity of CFRPs to the electrical 
resistivity change resulting from delamination 

between the laminae and micro-cracks present in the 

matrix.       
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Fig. 1. SEM image of X-GnP-25 

 

Fig. 2. Two-probe electrical measurement fixture 
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Fig. 3. a)  Experimental setup and the specimen  b) 

Schematic of delamination creation setup  c) Schematic of 

data acquisition setup 

  

(a) 

(b)b 

(c) 
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Fig. 4. Electrical resistivity of GNP/epoxy nanocomposite as a function of GNP content 
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Fig. 5. FE-SEM images of the fracture surfaces of electrical conductivity specimens. a) 0.5 wt%, b) 1 wt%, 

c) 1.5 wt% and d) 2 wt% of GNP 

 

  

  

Without GNP With GNP 

Fig. 6. ERC contours of the laminate with one delamination, without and with GNPs 

 

 

a b 

c d 

d 

ICCM19 3606



 

11  

  

  

Without GNP With GNP 
Fig. 7.  ERC contours of the laminate with two delamination, without and with GNP 
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1 Introduction  

Core materials for the use in sandwich structures are 
required to have good mechanical performance 
under shear and compressive loadings. It is, 
however, known that polymeric foams deform 
primarily through bending of cell walls [1], which 
significantly reduces their stiffness and strength. 
One of the strategies to deal with this drawback is to 
increase the stiffness and strength of the base 
polymer, from which these foams are made. It can 
be done, for example, by reinforcing the polymer 
with nanoclays [2]. 
A typical production process of a closed-cell 
nanoclay-reinforced foam consists of two stages. In 
the first stage, nanoclays are added to the polymer to 
prepare a nanocomposite. A high level of nanoclay 
exfoliation is important. The increase of clay 
surfaces opened to interactions with the polymer can 
give a better reinforcing effect [2, 3]. In the second 
stage, the nanocomposite is foamed. During the 
foaming process, the nanocomposite is stretched. 
This is expected to influence the original distribution 
and orientation of nanoclays in the polymer.  
Indeed, it was noted in the literature [4] that 
stretching of nanocomposite films induced                   
pre-orientation of nanoclays along the stretching 
direction and led to the formation of nanoclays 
clusters. Properties of cell walls in foams are, 
however, often assumed to be equal to the properties 
of the bulk nanocomposite [5], i.e. isotropic. It 
means that the effects of clay re-orientation and 
clustering during the foaming are not taken into 
account in the models [4-6]. 
In the present work a new model, which is able to 
predict anisotropic elastic properties of the cell wall 
material in nanoclay-reinforced foams is introduced.  
 

2 Modeling Approach 

The developed model consists of 3 steps as depicted 
in Fig. 1. It follows stages similar to the production 
process of nanoclay-reinforced foams. At the 1st 

step, a 3D geometrical model is implemented to 
generate a representative volume element (RVE) of 
a nanocomposite (nRVE), i.e. polymer filled with 
nanoclays. At the 2nd step, a certain procedure is 
applied to transform the nRVE into a RVE of the 
cell wall material (cwRVE). This transformation 
mimics extension of the cell walls during the 
foaming process. This step brings a novelty to the 
model in comparison with already existing models 
of nanocomposite foams [4-6], in which the foam 
cell wall properties are taken equal to the properties 
of the unfoamed nanocomposite. At the 3rd final 
step, the inclusion-based homogenization approach 
is employed to predict elastic constants of the nRVE 
and cwRVE. 

2.1 Step 1. Generation of a nanocomposite RVE  

In order to simulate a RVE of a nanocomposite 
(nRVE), a geometrical sub-model was developed. Its 
algorithm is depicted in Fig. 2. 
A nanoclay platelet (Fig. 3) is assumed to have a 
shape of the disc with diameter pd  and thickness 

.pt  
Its position in the nRVE is defined by the 

Cartesian coordinates of its center ( ), ,x y z  and 

orientation of the normal vector n
�

 to its surface 

with three angles( ), , .α β γ Here , ,α β γ are angles 

between the normal vector and the coordinate axes. 
If densities of the polymer mρ  and clay platelets 

,pρ their weight fraction pc  and their orientation 

distribution φ  in the modeled nanocomposite are 
known, the developed code generates a set of clay 
center coordinates in the 3D space and orientation 
angles of their normal vectors according to the given 
distribution .φ   
In some cases the distribution φ  can be estimated 
from transmission electron micrographs of the 
nanocomposite by means of image analysis [4]. 
Otherwise, clays are assumed to be fully exfoliated, 
which delivers maximal reinforcing effect to the 
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nanocomposite. In this case nanoclays are 
distributed uniformly in the nRVE. The condition of 
non-intersection is enforced for all the generated 
platelets. 
The software generates the points and the angles 
until the desired nanoclay volume fraction  pv  is 

reached. The relationship between the nanoclay 
weight fraction pc  and the volume fraction pv  can 

be estimated using the formula: 

 
1

,  1 .
1

1 1
p m p

p

p m

v v v

c

ρ
ρ

= = −
 

+ −  
 

 (1) 

2.2 Step 2. Stretching of the nanocomposite RVE  

In the second sub-model of this work a 
transformation procedure of the nRVE into a RVE 
of the cell wall material (cwRVE) was implemented. 
The transformation is modeled as a linear extension 
of the nRVE along the X axis with conservation of 
the nRVE volume, which leads to compression 
along the Y axis. The Z direction is fixed for the 
sake of simplicity (Fig. 1). 
An algorithm of the sub-model is shown in Fig. 4. A 
user defines deformation (a stretching ratio) of the 
nRVE CW.ε  Afterwards, coordinates of any point in 

the nRVE ( ), ,x y z
 
can be recalculated according to 

the formulas: 

 CW CW,   ,   ,x y
tr tr trx x y y z zε ε= = =  (2) 

where ( ), ,tr tr trx y z  are new coordinates of the clay 

centers in the cwRVE. Simplification CW 1zε =  can 
be omitted; in general case deformation can be 
applied in the Z direction as well. 
Any vector is defined with coordinates of two 
points, namely, its origin and its end. Therefore, new 
orientations of the normal vectors to clay surfaces 

( ), ,tr tr trα β γ can be obtained using the same 

equations (2). Later, new vectors trn
�

are normalized 

in order to have unit length. As a result of the step 2, 
nanoclays obtain new orientations and positions 
within the cwRVE. An example of the transformed 
nRVE can be found in Fig. 5.  
Clays were assumed to be non-deformable in this 
model because they have much higher stiffness in 
comparison with polymers (up to 55 times higher for 
polypropylene (PP), for example).  

 

2.3 Step 3. Homogenization of the RVEs  

At the last stage, the inclusion-based 
homogenization approach (the Eshelby solution and 
the Morin-Tanaka scheme) is employed to predict 
elastic constants of the nRVE and cwRVE. This sub-
model takes into account different orientations of 
nanoclays obtained in the previous two steps. A full 
description of this method can be found in [7].  
In this method inclusions are treated as ellipsoids. 
However, clay platelets have a form of the disc. Due 
to the difference of the shapes between the disc and 
the ellipsoid, dimensions of the ellipsoidal inclusions 
are recalculated to obtain a correct volume fraction 
of clays in the RVE. From the assumption that 
volumes of the disc and ellipsoid should be equal, 
semi-axes of the ellipsoid ia  can be calculated               
(Fig. 6) using the equation: 

 23
] 1,  then .

16
p

z x y p
z

t
a a a d

a
= = =  (3) 

3 Input parameters  

A single nanoclay platelet (Fig. 6) is assumed to 
have a shape of the disc with diameter pd  of         

200 nm and thickness pt  of  1 nm [6]. 

Mechanical properties of nanoclays cannot be 
directly measured in experiments. Therefore, they 
are usually estimated using molecular dynamic 
simulations. In the previous works [6, 8-11] 
montmorillonite platelets were considered as an 
isotropic material with the modulus of elasticity 
varying from 140 GPa [8] to 178 GPa [11]. On the 
average, their Young’s modulus is taken equal to 
170 GPa and the Poisson’s ratio is assumed to be 
0.23. [6]. In Pyrz [12] nanoclays were found to be 
orthotropic with elastic constants summarized in 
Table 1. 
In this work montmorillonite platelets were assumed 
to be transversally isotropic in the plane XY (Fig. 6) 
with the constants presented in Table 2. The stiffness 
matrix of clays can be fully defined if 5 independent 

elastic constants are known, for example, p
xE , p

zE , 
p
xyν ,  p

xzν  and .p
yzG The rest of the parameters can be 

calculated from the symmetry conditions of the 
stiffness matrix.  
Parametric studies were performed in order to 
estimate influence of the value of the shear modulus 

p
yzG on the elastic constants of PP nanocomposite 

reinforced with 2 wt.% of uniformly distributed 
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nanoclays. The unknown shear modulus p
yzG was 

assigned different values in the range between 10 
and 150 GPa. Afterwards, properties of the 
nanocomposite were estimated using the Mori-
Tanaka approach. It was concluded that the value of 

p
yzG  did not influence predicted Young’s moduli of 

the nanocomposite. They were found to be the same 
for any value of the shear modulus in the selected 
range. In further calculations the value of 30 GPa 
was adapted as the pyzG  shear property of nanoclays.  

 

4 Results 

4.1 The effect of the nanoclay concentration  

A set of nRVEs containing randomly oriented 
nanoclays was generated using the sub-model 
described in section 2.1. It was found that for high 
weight fractions (more than 1.5 wt.%) nanoclays 
cannot be placed randomly in the nRVE without 
intersections due to their high aspect ratio. 
Therefore, in order to reach experimentally observed 
values of 3 or 5 wt.%, clays should obtain the same 
orientation. In Fig.7 a cross-section of the nRVE 
with 3 wt.% of clays is depicted. It can be seen that 
platelets tend to align parallel to each other.  
Another proof of that a preferential orientation is 
formed in nRVEs with the increment of clay weight 
fraction can be found in Fig. 8. Orientation tensor T  
shows that a preferential orientation along the third 
axis (Z direction) appeared with increase of clay 
loading.  
The diagonal components of the orientation tensor 
matrix ,  ,  xx yy zzT T T  takes values between 0 and 1 

and give information about the strength of the 
orientation of the normal vector n

�

 to the clay 
surface (Fig. 3). If 1xxT =  then all the normal 

vectors are oriented parallel to the X direction, 
which means that clays lie in the plane of YZ 
directions (perpendicular to the X direction). If 

0xxT =  then normal vectors are perpendicular to the 

X direction. Randomly distributed clays lead to 
diagonal components equal to 1/3. Moreover, the 
sum of the matrix diagonal is always 1[13]. 

4.2 The effect of nanoclay clustering 

Given that achievement of full exfoliation of clays in 
nanocomposites is difficult, platelets tend to form 
groups of the same orientation (clusters), which are 
always present in the structure of nanocomposites. 
Effective properties of agglomerates are always 

lower than elastic properties of the single clay 
platelet. Hence, clusters influence the moduli of 
nanocomposites [3] and have to be taken into 
account in the model. By the cluster, a stack of 
single clays of the same orientation cn

�

 with a layer 

of polymer in between is implied here. Schematic of 
the cluster consisting of 3 platelets is depicted in 
Fig. 9.  
In this work cluster was modeled as an effective 
particle, which possesses dimensions of the cluster 
(thickness ct and diameter pd ) and its homogenized 

mechanical properties. The size of clusters, 
including the average number N of silicate layers per 
a single stack and the average interlayer spacing d001, 
are assumed to be predefined. Using the Mori-
Tanaka homogenization scheme, effective elastic 
properties of the cluster were calculated. They can 
be found in Table 3. 
In order to estimate the effect of clusters on the 
Young’s modulus, a set of nRVEs containing 
different concentrations of the clusters was 
generated (Fig. 10).  
It was observed that clustering of nanoclays reduced 
the Young’s modulus of the nanocomposite                 
(Fig. 10a). This result was well expected because 
stiffer particles were replaced with the softer ones. 
On the other hand, an interesting result was observed 

for zE  modulus (Fig. 10b). In the case of 1.5 and              
2 wt.% of nanoclays, the Young’s modulus for the 
composite, containing 50% of clusters from the total 
amount of clays in the RVE, was higher than for the 
composite reinforced with completely exfoliated 
platelets. This observation can be explained by the 
fact that the presence of clusters in the RVE reduces 
volume occupied by random platelets. Clusters have 
more freedom to occupy any place and have any 
orientation inside the RVE. This assumption is 
proved by the values of the orientation tensor 
components:  

No clusters 
0.054,  0.187,  0.759.xx yy zzT T T= = =  

50% of clusters 
0.088,  0.196,  0.716.xx yy zzT T T= = =  

The higher value of the component zzT  is, the more 

clays and clusters have the normal vector parallel to 
the Z axis and, consequently, the lower Young’s 
modulus of the composite zE  is. 
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4.3 The effect of the cluster size 

For this study the nRVEs with 2 wt.% of nanoclays 
were generated. It was also assumed that 70% of the 
reinforcements formed clusters. As shown in        
Fig. 11, the increase of the number of clays per stack   
significantly reduced the Young’s moduli of the 
composite. For example, the modulus xE  of 

nanoclay-reinforced PP was reduced by 17% when 
the number of clays in the cluster was increased 
from 1 (fully exfoliated) to 5. This result confirms 
previously reported observations that fully exfoliated 
nanocomposites exhibit better stiffness than the 
intercalated ones [3].  

4.4 The effect of the stretching ratio 

This part of the model aimed to mimic deformations, 
which nanocomposites go through in the foaming 
process. For the stretching ratio CWε  of 2 along the 

X direction (Fig. 5), values of the components of the 
orientation tensor change  

From 
  0.09, 0.22, 0.69;xx yy zzT T T= = =  

To 
  0.3, 0.43, 0.27.xx yy zzT T T= = =

 
The increase of yyT  means that normal vectors of 

clays (Fig. 3) become oriented along the Y direction 
(Fig. 5). 
In real foams stretching ratios reach higher values. 

CWε  can be roughly estimated from the images of 
the foam microstructure. For example, analysis of 
scanning electron micrographs of a nanoclay-
reinforced PP foam showed that a foam possessed 
microstructure with an average cell size (length of 
the cell wall) of 1148.39 µm and the average cell 
wall thickness of 26.96 µm. In this case the 
stretching ratio CWε  is equal to 6.5. For the nRVE 
reinforced with 1 wt.% of nanoclays, the effect of 
clay re-orientation in the direction of stretching 
became more pronounced. Components of the 
orientation tensor have changed 

From 
,  ,  ;0.19 0.28 0.53xx yy zzT T T= = =  

To 
  .0.15, 0.7, 0.15xx yy zzT T T= = =  

Stretching of a RVE leads to the clay re-orientation 
and consequently to the increase of the cell wall 

stiffness in the X and Z directions. Results of the 
Mori-Tanaka homogenization are given below: 

CW 2ε =
 2.39 GPa,  2.41 GPa,  2.20 GPa.

2.41 GPa,  2.25 GPa,  2.51 GPa.
x y z

x y z

E E E

E E E

= = =

= = =
 

CW 6.5ε =
 2.34 GPa,  2.39 GPa,  2.23 GPa.

2.43 GPa,  2.28 GPa,  2.54 GPa.
x y z

x y z

E E E

E E E

= = =

= = =
 

5 Conclusions  

A new model, which predicts anisotropic elastic 
properties of the cell wall material in nanoclay-
reinforced foams was introduced in this work. The 
developed model consists of 3 steps, which are 
similar to the stages of the production process of 
nanoclay-reinforced foams. Namely, they include 
generation of a nanocomposite, transformation of the 
nanocomposite into a cell wall material and 
prediction of their elastic properties. 
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Fig. 1. General flow-chart of the model. 
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5 

MODELING OF ELASTIC PROPERTIES OF THE CELL WALL 
MATERIAL IN NANOCLAY- REINFORCED FOAMS

 
Fig. 2. Flow-chart of the sub-model generating nRVEs. 

 
 
 

 
Fig. 3. Single nanoclay in the nRVE. 

 
 
 

 
Fig. 4. Flow-chart of the sub-model performing 

transformation of the nRVEs into cwRVEs. 
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Fig. 5. An example of the nRVE transformation. Stretching ratio CW

xε
 
is equal to 2. 

 
 

 
Fig. 6. Representation of a clay platelet in a shape of the ellipsoidal inclusion. 
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MATERIAL IN NANOCLAY- REINFORCED FOAMS

 
Fig. 7. A cross-section of the nRVE reinforced with          

3 wt.% of nanoclays. 
 

 
Fig. 8. Components of the orientation tensor T versus clay 

loading. 

 

 
 

 

 
 
 
 
 

 
 

 
Fig. 11. Influence of number of nanoclays per cluster on 
the effective properties of the nanocomposite. The RVE 
contained 2 wt.% of reinforcements and 70% of them 

were clusters. 
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Fig. 9. Schematic of a cluster. 

Fig. 10. Effect of clusters on the relative Young’s 
modulus of the nanocomposite: (a) in the X direction,     
(b) in the Z direction. Axes notation is mentioned in               

Fig. 3. 
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Young’s 
modulus 
[GPa] 

Poisson’s ratios 

p
xE  117.3 p

xyν  0.53 p
xzν  1.96 

p
yE  210.3 p

yxν  0.94 p
yzν  -0.66 

p
zE  48.0 p

zxν  0.80 p
zyν  -0.15 

Table 1. Elastic properties of nanoclays [12]. Notation of 
the axes can be found in Fig. 6. 

 

Nanoclay 
Density [6] 2300 kg/m3 

Young’s modulus p
xE [6] 170 GPa 

Young’s modulus p
zE  [12] 48.0 GPa 

Poisson’s ratio  p
xyν  [12] 0.53 

Poisson’s ratio  p
xzν  [12] 1.96 

Shear modulus p
yzG  was set to 30 GPa 

PP 
Density [14] 910 kg/m3 
Young’s modulus [14] 2 GPa 
Poisson’s ratio  0.42 

Table 2. Mechanical properties of nanoclays and PP 
matrix used in the study. 

 
 

Cluster 
Number of platelets per 
stack N 3 

Average interlayer spacing 
between clays d001 

1 nm 

Young’s modulus xE  102.8 GPa 

Young’s modulus zE  9.57 GPa 

Poisson’s ratio xyν  0.53 

Poisson’s ratio xzν  1.31 

Shear modulus yzG  1.7 GPa 
Table 3. Elastic properties of the nanoclays cluster. 
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1 Introduction  

Various applications of Fiber Reinforced Plastics 

(FRP) in primary and secondary load-bearing 

structures, over the past few decades, have been 

established as a good substitute for metallic 

materials. This is because FRP has an excellent 

specific strength and stiffness. However, mechanical 

property of FPR in out-of-plane direction was 

significantly lower than that in in-plane direction. 

Especially, Low interlaminar strength in laminated 

structure has been main problem for a long time. To 

improve this problem, various kinds of 

investigations have been done.  

Effectivity of incorporation of the ThermoPlastic 

(TP) particles into the thermosetting matrix resin of 

composite laminates on interlaminar shear strength 

and interlaminar fracture toughness has been 

reported by many researchers [1]. This technique 

was applied to UD carbon prepreg that was used in 

the primary structures of a commercial airliner. By 

this method, favorable delamination resistance and 

impact resistance can be obtained and it's possible to 

control the mechanical properties and longtime 

durability of the composite material. However, 

effects of various parameters (size, shape, amount, 

type of resin, surface treatment and so on) of TP 

particles on interlaminar fracture toughness of 

composite laminates have not been discussed 

sufficiently.  

In this study, effects of amount, size and shape of 

TP particles on bending property and interlaminar 

fracture toughness of woven laminated composites 

were investigated by using Bending test, Double 

Cantilever Beam (DCB) and End-Notched Flexure 

(ENF) tests. In addition, effect of TP particles on 

fracture mechanism was also estimated by cross-

sectional observation and observation for fracture 

surfaces by using Scanning Electron Microscope 

(SEM). 

 
2 Materials and specimen preparation  

Carbon woven fabric (HONLU TECHNOLOGY 

CO.LTD) and epoxy resin (jER828; Mitsubishi 

Chemical Corporation) with hardener (jER cure W; 

Mitsubishi Chemical Corporation) were used as 

reinforcement and matrix resin. In this study PA12 

(Polyamide 12) thermoplastic particles (Daicel-

Evonik Ltd.) were chosen for incorporation into 

matrix resin. In this study, three kinds of particles 

with different size and shape were chosen. SEM 

images of two kinds of TP particle are shown in 

Fig.1. One is ”Potato” shape and the other is 

spherical shape. The specifications of TP particles 

for each specimen used in this study are shown in 

Table1. TP particles of Sample-1 and Sample-2 were 

prepared for comparing particle size and those of 

Sample-2 and 3 were for comparing particle shapes. 

For fabrication of specimens, first, the resin was 

heated up at 100°C to decrease the viscosity of 

liquid resin and stirred at 600rpm using hot stirrer. 

Particles were preliminarily incorporated into liquid 

epoxy resin. The incorporation amount of TP 

particles were 0, 3, 5, 7, 9 wt% for matrix resin. 

After 24 hours, sufficient dispersion state was 

obtained. Then, bubbles in the resin were removed 

in a vacuum for 1 hour, and 12 layers of carbon 

woven fabrics were stacked  with epoxy resin with 

TP particles impregnated by hand lay-up method. A 

pressure of 8kPa was applied on the laminates in the 

oven and cured at 100°C for 2 hours and 175°C for 4 

hours. In the ENF and DCB specimen, Polyimid 

film of 25μm thickness was inserted into the middle 
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of layers to introduce precrack. Thickness of 

specimens was about 2.8 mm.  

 

3 Testing procedures 

Dispersion states of TP particles in the 

specimens were confirmed by cross-sectional 

observation with optical microscopy. Size of 

bending specimens, DCB specimens and ENF 

specimens were 80mm×15mm, 100mm×25mm and 

140mm× 25mm respectively. Schematic drawing in 

each specimen is shown in Fig.2(a)(b)(c). The 

bending test was carried out with test speed of 

1mm/min. For measuring mode I interlaminar 

fracture toughness of the specimens, the Double 

Cantilever Beam (DCB) testing was performed with 

testing speed of 1mm/min. Fracture surface after 

DCB testing was observed by SEM. The end-

notched flexure (ENF) test was carried out for 

measurement of mode II interlaminar fracture 

toughness. Testing speed was 0.5 mm/min. Fracture 

surface after ENF testing was also observed by SEM. 

 

4 Result and discussion 

4.1 Dispersion states of thermoplastic 

Dispersion states of thermoplastic particles in 

Sample-1, Sample-2 and Sample-3 is shown in 

Fig.3(a)(b)(c). In Sample-1, TP particles were 

dispersed uniformly between layers in resin rich 

region and some of TP particles were in fiber 

bundles. In Sample-2, TP particles were also 

dispersed uniformly in resin-rich area as same as 

Sample-1. In Sample-3, TP particles were not 

dispersed uniformly in resin-rich area but distributed 

near fiber bundles.  

 

4.2 Result of three-point bending testing 

Relationship between bending strength and 

incorporation amount of TP particles is shown in 

Fig.4. Bending strength of Sample-1 and 2 increased 

with increase in incorporation amount of TP 

particles up to 7wt% and decreased over 7wt%. In 

the case of Sample-3, the bending strength increased 

with increase in incorporation amount of TP 

particles up to 3wt% and decreased over 3wt%. 

Compared to Sample-1 and Sample-2 having same 

potato shape and different particle size, the optimum 

value of incorporation amount of TP particles for 

bending strength was same value of 7wt%. And, 

peak value of Sample-2 was larger than that of 

Sample-1. From this results, the optimum value of 

TP particles for bending strength was same when the 

particle shape was same, and the difference of 

particle size corresponded to the difference of 

improvement rate in bending strength. Compared to 

Sample-2 and Sample-3, maximum bending strength 

was almost same but the optimum value of 

incorporation amount of TP particles was different. 

From this results, the optimum value of TP particles 

for bending strength was different when the particle 

shape was different, and the improvement rate in 

bending strength was almost the same when the 

particle size was same. 

Fracture aspect after bending test in 0wt% and 

optimum value of each specimen is shown in 

Fig.5(a)(b)(c)(d). From each photos, transverse 

crack in 90 degree fiber bundles and tensile fracture 

of 0° fiber bundle occurs, after that, the main crack 

progressed to compression side. Further, 

delamination occurred along with it. Relationship 

between delamination length and incorporation 

amount of TP particles is shown in Fig.6. In Sample-

1, delamination length decreased with increase in TP 

particles up to 5wt% and increased over 5wt%. In 

Sample-2, delamination length decreased with 

increase in TP particles up to 7wt% and increased 

over 7wt%. In Sample-3, delamination length 

decreased with increase in TP particles up to 3 wt% 

and increased over 3wt%. These results should be 

correlated to the results of bending strength in Fig.4 

because the amount of delamination was less in the 

samples with better bending properties . The reason 

the optimum value of Sample-3 was less than 

Sample-1 and Sample-2 is considered to be the 

difference in the dispersion states of TP particles. It 

is considered that the peak appeared in smaller 

incorporation amount because TP particles 

distributed near fiber bundles in Sample-3. It is 

considered that the crack progress is restrained and 

bending strength increased because fracture 

toughness could increase with increase in 

incorporation amount of TP particles. After adding 

TP particles more than optimum value of 

incorporation amount of TP particles into resin, 

bending strength decreased because fracture 

toughness could decrease with increase in TP 

particles.  
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4.3 Result of DCB testing 

Initial interlaminar fracture toughness GIC and 

interlaminar fracture toughness GIR obtained from 

mode I DCB testing in Sample-1 is illustrated in 

Fig.7 and Fig.8. From Fig.7, GIC increased with 

increase in TP particles. From Fig.8, GIR increased 

with increase in TP particles up to 5 wt% and 

showed almost the same value in 5 and 7 wt%.  

Fracture surface after DCB testing obtained by 

SEM observation are shown in Fig.9(a)(b). From 

this observation, there were more amounts of fiber 

breakages observed at 0 degree fibers and resin on 

the fracture surface in 7 wt% than that in 0 wt%.  

Cross-sectional photos around a tip of crack after 

DCB testing are shown in Fig.10(a)(b). In 0 wt%, 

the crack was propagated along interface between 

fiber and matrix at the interlayer. Meanwhile, in 

7wt% the crack was progressed along interlayer or 

in 0 degree fiber bundles, and also transverse cracks 

and delamination occurred in and around 90 degree 

fiber bundles.  

From these results, it was clarified that fracture 

mechanism was changed by addition of TP particles, 

therefore mode I interlaminar fracture toughness was 

improved.  

 
4.4 Result of ENF testing 

Relationship between interlaminar fracture 

toughness GIIC and incorporation amount of TP 

particles is shown in Fig.11. In Sample-1, fracture 

toughness increased with increase in TP particles up 

to 5wt% and decreased over 5wt%. In Sample-2, 

fracture toughness increased with increase in TP 

particles up to 7wt% and decreased over 7wt%. In 

Sample-3, fracture toughness increased with 

increase in TP particles up to 3wt% and decreased 

over 3wt%. Compared to Sample-1 and Sample-2 

having same potato shape and different particle size, 

the optimum value of incorporation amount of TP 

particles was almost the same value of about 5-

7wt%. Peak value of GIIC for Sample-2 was larger 

than that of Sample-1. Compared to Sample-2 and 

Sample-3 having same particle size and different 

shape, maximum fracture toughness was almost 

same but the optimum value of incorporation 

amount of TP particles decreased in Sample-3. 

Fracture aspect after ENF test in 0wt% and 

optimum value of each specimen in result of ENF 

test is shown in Fig.12(a)(b)(c)(d). From Fig.12(a), 

only the the main crack was observed in 0wt%. 

From Fig.12(b) and (c) in Sample-2 and Sample-3, 

Transverse cracks in 90 degree fiber bundles were 

confirmed around the main crack. 

Fracture surface after ENF testing obtained by 

SEM observation is shown in Fig.13(a)(b). In 

specimen with potato particles (Fig.13(a)), the 

striation of resin was observed around TP particles. 

In the specimen with spherical particles (Fig.13(b)), 

the striation of resin was observed around TP 

particles. In addition, spherical particles was 

elongated.  

Consequently, in the improvement of interlaminar 

fracture toughness, exists of the optimum value 

exists was clarified in particle size and incorporation 

amount of TP particles as same as the results of 

bending test. Compared to Sample-1 and Sample-2 

having same potato shape and different particle size, 

the optimum value of incorporation amount of TP 

particles for interlaminar fracture toughness GIIC was 

same value of about 7wt%. And, peak value of GIIC 

for Sample-2 was larger than that for Sample-1.  

Here, the reasons for existence of optimum value 

for bending strength and interlaminar fracture 

toughness were explained below. As shown in 

Fig.14, when incorporation amount of TP particles is 

optimum, crack propagation is restrained by TP 

particles and the crack branch off from around 

particles. While, when incorporation amount of TP 

particles is over optimum value, particles were 

neighboring and crack propagate around particles in 

a row and is not restrained. In the case of spherical 

particles, ductility of particles restrain the crack 

growth. Because of it, it’s considered that 

interlaminar fracture toughness increased with 

smaller amount of the particles.  

 

5 Conclusion 

5.1 Effect of particle size on CFRP 

 In the case of the same shape with different size of 

TP particles, the bending strength was increased and 

delamination length was decreased until the 

optimum value with increase in TP particles.  

Interlaminar fracture toughness was also increased 

with increase in the size of particle. In addition, 

transverse cracks in 90 degree fiber bundles around 

the main crack occurred with increase in the size of 

particle and apparent interlaminar fracture toughness 

increased. 
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5.2 Effect of particle shape on CFRP 

 In the case of the same size with different shape of 

TP particle, the optimum value of incorporation 

amount of TP particles for bending strength and 

interlaminar fracture toughness changed. 
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(a)Potato shape 

 

 

(b)Spherical shape 

Fig.1 Shapes of TP particles  

 

Table1 Specifications of each specimen 

Name Shape Particle Size[µm] 

Sample-1 Potato 8 

Sample-2 Potato 24 

Samlpe-3 Sphericity 23 
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(c)ENF specimen 

Fig.2 Schematic drawing of each specimen 
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Fig.3 Distribution of TP particles 
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Fig.4 Relationship between bending strength and incorporation amount of TP particles 
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Fig.5 Fracture aspect after bending testing 
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Fig.6 Relationship between delamination length and incorporation amount of TP particles 
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Fig.9 Fracture aspect after DCB testing 
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Fig.10 Aspect of crack growth in the middle of DCB testing 
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Fig.11 Relationship between interlaminar fracture toughness GIIC and incorporation amount of TP particles 
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Fig.12 Fracture aspect after ENF testing 
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(a)Potato shape 

 

(b) Spherical shape 

Fig.13 Fracture surface after ENF testing 
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Fig.14 Schematic drawing of the crack growth 
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1 Introduction  

The field structural adhesive bonding is gaining 
more and more the interest of researchers and design 
engineers, due to the advantages it offers compared 
to other joining techniques, e.g. mechanical 
fastening. However, the margin of confidence 
regarding their mid- and long- term response is 
small and thus practical joints are overdesigned 
towards reducing in-service uncertainties.  
Adhesion between composite and metals or 
composites and composites can be formed by two 
ways, with respect to the adhesive media utilized for 
the creation of the bondline. The first technique 
involves direct impregnation of the fibers on the 
metal substrates [1]. The main disadvantage is that a 
composite’s resin is generally not designated for 
structural adhesive bonding, and thus may 
eventually lead to a weak bond characterized by low 
shear strength and fracture toughness. On the other 
hand, with the continuous growth of the chemical 
industry, more and more adhesives are being 
produced that are designated for structural adhesive 
bonding between dissimilar materials. Either in the 
form of films or paste systems, toughened adhesives 
are preferred because they present high Mode II 
fracture toughness (shear) [2]. Even when used as 
thin layers, their elastoplastic material response has 
proven to increase the joints’ performance under 
static or fatigue loading conditions.  
Interfacial fracture mechanics have proven to be a 
very promising approach for the study of the bi-
material composite/adhesive or adhesive/metal 
interface or for the study of cohesive cracking. 
Likewise, the loading and fracture response of the 
entire bondline can be treated as an interphase 
between the two substrates, which involves the 
interfaces and the continuum adhesive layer, where 
all types of material behaviors and damages occur, 
i.e. elastic – plastic response, cohesive cracks and 

interfacial debonding [3]. Considering the interphase 
as the area which holds together the two materials 
through normal and tangential tractions, then the 
aforementioned loading and failure mechanisms can 
be safely described by a phenomenological cohesive 
law or a traction-separation law [4]. A cohesive law 
combines damage mechanics (failure is based on 
stress considerations - Inglis) and fracture mechanics 
(failure is based on energy considerations - Griffith). 
Cohesive laws have been widely used in finite 
element methods for the prediction of the failure 
response of structural adhesive joints.  
The trapezoidal model shown in Fig. 1 has proven to 
be a promising idealized cohesive law for modeling 
the loading and fracture response of adhesive joints, 
formed with a toughened adhesive layer when the 
later is deformed under pure or/and mixed-mode 
conditions [5].  

 
Fig. 1. Trapezoidal cohesive model used for 
modeling toughened adhesive layers which present 
ductile behaviour (taken from [5]). 

 
Recent works on Mode I [6] and Mode II [7] 
experimental characterization of the bondline 
revealed the real shape and characteristics of the 
corresponding traction-separation law (σi - δ i, i = I 
for Mode I and II for Mode II). The aim of this work 
is to present a recently developed phenomenological 
traction-separation law and its potential for 

A COMPUTATIONAL TOOL FOR THE ANALYSIS AND DESIGN OF 
STRUCTURAL ADHESIVE JOINTS 

 
K.N. Anyfantis1,* 

1Department of Mechanical Engineering, Technical University of Denmark (DTU), Lyngby, Denmark 
* Corresponding author (kanyf@dtu.dk) 

 
Keywords: Adhesive joints, computational tool, cohesive elements, mixed-mode fracture 

ICCM19 3628



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 
 

2 
 

providing numerical predictions of adhesively 
bonded composite-to-metal joints.  
 

2 Phenomenological traction-separation model  

2.1 Definition of pure mode laws  

On an effort to obtain a mathematical description of 
the cohesive law that characterizes a bondline, 
respective experimental findings where considered. 
Ji et al. in [6] and Leffler et al. in [7] tested 
adhesively bonded Double Cantilever Beam (DCB) 
and End Notch Flexure (ENF) geometries, as shown 
in Fig. 2, aiming at measuring Mode I and Mode II 
fracture properties of the bondline, respectively.  
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Fig. 2. Fracture characterization tests for obtaining 
Mode I and Mode II cohesive laws of a thin 
adhesive layer through DCB [6] (a) and ENF [7] (b) 
geometries, respectively. Dimensions in mm. 

 

In both cases the J-integral approach was utilized for 
the derivation of the pure mode cohesive laws, 
which are plotted in Fig. 3 as discrete data points. It 
is evident that they both describe the Fracture 
Process Zone (FPZ), as denoted by their intrinsic 
stress increase part up to a critical level followed by 
a softening part down to zero, where afterwards the 
crack is propagating by leaving behind traction free 
crack faces. The initial part is characterized by a 
non-linear response, and refers to the elastoplastic 

material behaviour of the adhesive material. The 
trapezoidal law describes this behaviour with a bi-
linear model (see Fig. 1, linear elastic perfectly 
plastic).  
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Fig. 3. Experimental traction-separation laws fitted 
by idealized cohesive models and the proposed    
phenomenological model; Mode I obtained from 
DCB (a) and Mode II obtained from ENF (b). 

On an effort to provide a more realistic description 
of the elastoplastic response, the exponential 
function (see Eq. 1) seemed to provide best fittings 
to the experimental laws of Fig. 2. Additionally, this 
exact function is convenient for formulating the 
mixed-mode cohesive model as it will be shown 
afterwards.  
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( ) c, c,
c,

exp i i
i i i i

i

kδ
σ δ σ σ

σ

 
= − −  

 
   (1) 

where σc,i is the critical stress and ki is the initial 
slope; both magnitudes can be experimentally 
defined. This exponential form has a horizontal 
asymptote at σc,i and thus the actual critical stress 
σc,i(1-e) defined at the corresponding abscissa δ0,i 
can be obtained from the following equation:  

c,
0,

ln( ) i
i

i

e

k

σ
δ = −     (2) 

where e is a parameter denoting the difference of the 
actual critical stress and the asymptote. In the regime 
where tractions descend (δ0,i - δc,i), a linear function 
is used as with the trapezoidal law and expressed 
herein by: 

( ) c, c, c,

c, 0, c, 0,

(1 ) (1 )i i i
i i i

i i i i

e eσ σ δ
σ δ δ

δ δ δ δ
− −

= − +
− −

  (3) 

where δc,i is the critical separation where tractions 
become zero. 

Eq. (1) – Eq. (3) where used to obtain the proposed 
expo-linear law out from the experimental data sets 
in Fig. 3. In Fig. 3a the trapezoidal and triangular 
idealized laws were additionally fitted, by 
maintaining the same basic cohesive parameters (σc,i 
and Jci). The extrinsic trapezoidal and triangular 
cohesive laws shown in Fig. 3b were obtained from 
Eq. (1) – Eq. (3) by controlling ki and e. This 
demonstrates the flexibility of the shape of the 
proposed law.  

The obtained expo-linear laws were generalized so 
they can be utilized for the description of the 
constitutive response of cohesive elements, as shown 
in Fig. 4. A penalty contact was utilized in the Mode 
I law (see Fig. 4a), which is activated when δI < 0 
for avoiding element interpenetration. The Mode II 
cohesive law (see Fig. 4b) evolves the same for δI > 
0 and δI < 0, but with opposite sign tractions. The 
linear and trapezoidal laws are treated likewise [5]. 

2.2 Validation of pure mode laws   

The expo-linear law together with the triangular and 
trapezoidal laws were further used for the back 
calculation of the global response (P – δ*) of the 

DCB and ENF tests, through finite element 
simulations. The entire bondline was modeled with 
quadratic cohesive elements and the traction-
separation laws of Fig. 3 (expo-linear as in Fig. 4 in 
FEA) were used as their constitutive relation, 
respectively. These were programmed in a user 
element subroutine (UEL) in Abaqus commercial 
software. The obtained results are compared together 
with the experimental ones taken from [6] and [7] 
for the DCB and ENF, respectively, in Fig. 5. 
Magnitude P corresponds to the applied force and 
magnitude δ* corresponds to the pre-crack tip normal 
separation for the Mode I test (DCB) and to the pre-
crack tip sliding separation for the Mode II test 
(ENF).  
 

 IcJ
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c,Iσ
Iσ  Mode I EPZ law

         Unloading paths 
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ci
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i
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δ
0,i

δ

c,i
σ

iσ

 Mode II and III EPZ laws
         Unloading paths 

 
i

k

i = II or ΙΙΙ

 
(b) 

Fig. 4. Proposed EPZ laws for the prediction of 
Mode I (a) and Mode II or III (b) loading and 
fracture. 

The significant difference between the experimental 
and numerical propagation part in Fig. 5a, does not 
affect our conclusions regarding the numerical 
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results.  It is clear that regardless the choice of the 
cohesive law shape, the predictions present the same 
crack propagation response in both tests, denoting 
that the effect of the detailed cohesive law shape is 
insignificant for the considered bondlines, as long as 
the toughness and the critical stress are maintained 
equal for all models. However, there is a small 
influence to the initial loading part prior to crack 
propagation, which was expected according to 
previous studies.  
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Fig. 5. Force P – precrack tip separation δ* as 
experimentally measured and numerically predicted 
from the DCB (a) and ENF (b) geometries shown in 
Fig. 2. 

The next step is to combine the proposed pure mode 
traction-separation laws under a framework that 

accounts their interdependency through damage and 
fracture mechanics. This is appropriate for modeling 
practical adhesive joints, where all loads and 
moments acting on the joints’ substrates lead the 
adhesive layer to deform and fail under mixed-mode 
conditions. 

2.3 Formulation of mixed-mode model  

The expo-linear phenomenological laws have been 
formulated under a mixed-mode model (see Fig. 6) 
for modeling 2D problems (Mode I and II) in [4] and 
3D problems (Mode I, II and III) in [8].  

i
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σ
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σ

iσ  Pure mode law
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Fig. 6. Exponential-linear mixed-mode cohesive 
model (i = I, II and III). 

Damage initiation occurs when the quadratic stress 
criterion is met, whereas damage propagation occurs 
when the linear energetic criterion is satisfied. The 
derivation of the mixed-mode cohesive parameters 
was driven through the mode mixities:  

 
δ

β
δ
ΙΙ

ΙΙ
Ι

=    and   
δ

β
δ
ΙΙΙ

ΙΙΙ
Ι

=  (4)  

and the resultant total separation δm:  

 2 2 2
mδ δ δ δ

Ι ΙΙ ΙΙΙ
= + +  (5) 

By combining the stress and energy criterion 
together with Eq. (2), (4) and (5), one can obtain the 
mixed mode cohesive parameters of the decoupled 
pure mode laws, i.e. σcm,i, δ0m,i, δcm,i and Ji, for a 
given mode-mixity at a material point laying on the 
modeled interface. 

 

ICCM19 3631



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 
 

5 
 

3 Validation of the 2D and 3D mixed-mode model  

For the validation of the 2D model, steel-to-steel 
adhesively bonded geometries have been fabricated 
and tested. A Single Lap Joint (SLJ) and a Double 
Strap Joint (DSJ), have been found to be good 
candidates for validation purposes, since both are 
widely used and the adhesive is stressed under 
different mixed-mode conditions in each geometry 
[4].  For validating the 3D model a simple geometry 
should be considered that stresses the adhesive layer 
in peel (Mode I), in-plane shear (Mode II) and out-
of-plane shear (Mode III). Thus a SLJ configuration 
subjected to eccentric loading, namely SLJ-EL, was 
designed [9]. 

In all three geometries the substrates were 
manufactured from normal steel whereas the 
adhesive material was a toughened epoxy adhesive, 
that is Araldite 2015. The adhesive thickness was 
0.5 mm for the SLJ and DSJ cases and with 0.8 mm 
for the SLJ-EL. The joints were tested under uni-
axial static tension and during the tests the force P 
and the applied displacement u were recorded.  

The geometries were modeled in Abaqus and 
quadratic plane and solid elements, were utilized for 
the substrates of the SLJ/DSJ and SLJ-EL 
geometries, respectively. The entire bondline was 
modeled with quadratic cohesive elements and their 
constitutive response was represented by the Expo-
Linear model shown in Fig. 6.  

The cohesive parameters were taken equal to the 
properties provided by the adhesive’s manufacturer. 
Thus, ki is defined as the ratio between the Young 
modulus - E (Mode I) or shear modulus - G (Mode II 
and III) over the adhesive thickness. Magnitudes σc,I 
and σc,II (and σc,III) are taken equal to the strength of 
the adhesive in tension and shear, respectively. 
Magnitudes δ0,i are calculated analytically through 
Eq. (2). 

Fig. 7 presents a comparison between the 
experimentally measured and numerically calculated 
P-u global response. Additionally, the SLJ and DSJ 
were modeled with the trapezoidal model as shown 
in Fig. 7a and Fig. 7b, respectively. An overall 
assessment of the results indicates that the proposed 
model captures very accurately the nonlinear loading 
and strength of the considered joints, whereas the 

trapezoidal misses to capture the detailed non-
linearities. 
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Fig. 7. Validation of the mixed-mode model with 
SLJ (a), DSJ (b) and SLJ-EL (c) geometries, by 
comparing the experimental global response with the 
respective obtained numerical predictions. 
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4 Analysis of composite-to-metal adhesively joint 
geometries 

4.1 Flat adherents 

Having the model validated, two classical laboratory 
and also practical geometries have been considered 
for analysis, i.e. CFRP-to-steel SLJ and DLJ 
adhesively bonded joints, presented in Fig. 8. These 
geometries have been tested under uniaxial static 
tension and the results are reported in [10] and [11] 
for the SLJs and DLJs, respectively.  
Their corresponding modeling and simulation is 
based on the exponential-linear EPZ model of Fig. 6, 
since both geometries involve a toughened adhesive 
material that presents a ductile elasto-plastic 
material response. The motivation for such 
simulations was to calculate the load carrying 
capacity and the peel/ shear stress distributions over 
the adhesive area, over the loading history.  
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Fig. 8. Composite-to-steel adhesive joints modeled 
with the proposed mixed-mode model. Subplot (a) 
and (b) present SLJ and Double Lap Joint (DLJ) 
with flat adherents, respectively.  
 
For the SLJs, seven cases were considered which 
have different geometric parameters, that is two 
different adhesive thicknesses ta (0.5 mm or 0.85 
mm), two different overlap lengths Lo (25 mm or 75 
mm) and two different stiffness ratios that result to 
different substrate thicknesses ts  (5 mm and 8 mm) 
and tc (8 mm or 10 mm). Fig. 9 presents a 
comparison of the experimentally measured and 
numerically predicted failure of these joints. For the 
joints with short overlap 25 mm (SLJ-5, SLJ-6 and 
SLJ-7) the prediction is within 2.2% of the 
experimental value, whereas for the long overlap 75 
mm joints (SLJ-1, SLJ-2, SLJ-3 amd SLJ-4) the 
prediction is within 25% of the respective 
experimental value. This is because the mechanics 

of the short overlap joints is such, that the entire 
adhesive layer enters plasticity (σc,II is reached by 
all material points of the EPZ) at the failure load 
level (see Fig. 10a). After that point the joints fail. 
On the other hand, predictions of the joints with 
75mm overlap denote a more complex stress field 
distribution over the adhesive area prior to failure 
(see Fig. 10b and 10c). This is more intense for the 
SLJ-3 and SLJ-4 cases, where the steel substrate 
develops plastic deformations at the overlap edge, 
and thus severe stress redistributions are calculated 
over the adhesive as shown in Fig. 10c. Additionally 
the plastic hinge developed at the steel substrates 
affects the peel and out-of-plane shear stresses, as 
calculated with the proposed EPZ model. However, 
it seems that such stress field does not affect 
significantly the joints’ failure load.   
 
 
 

0

5

10

15

20

25

Fa
ilu

re
 L

oa
d 

(k
N)

 

SLJ-7SLJ-6SLJ-5SLJ-4 SLJ-3SLJ-2

 

 Experiments
 FEA

SLJ-1
Specimens' set ID  

 
Fig. 9. Experimental and numerical failure loads for 
all SLJ cases considered [12].  
 
The analysis of the CFRP-to-steel DLJs (see Fig. 8b) 
is reported in [13], for the 6 different cases 
considered, which differ in the overlap length (20 or 
38 mm), in the width (19, 26.8 or 38 mm) and the 
steel thickness (6.05 mm or 1.6 mm). Likewise, 
these tested cases were simulated by modeling the 
adhesive layer with cohesive elements and utilizing 
the proposed EPZ model of Fig. 6 as their 
constitutive response. Fig. 11 compares the 
experimentally measured and numerically predicted 
failure loads of the six cases. 
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Fig. 10. Variation of in-plane shear stresses of SLJ 
with 25 mm overlap length (a) and with 75 mm 
overlap length (b) and (c), as calculated at the 
maximum failure load. Note that subplot (b) refers to 
the joints that remain in the elastic region whereas 
subplot (c) refers to the joints that steel deforms 
plastically. 
 
Additionally, FEA of predictions of the failure load 
is shown with the use the Damage Zone Theory 
(DZT), reported in [11]. It can be seen that better 
predictions are obtained with the EPZ model for the 
A04 – A06 cases compared to the DZT. However, 
more interesting is to have an insight to the stress 
variations along the bondline, that are eventually 
responsible for the loading and failure response of 
the joints. As shown in Fig. 12, the adhesive layer of 
case A01 that has a 38 mm overlap compared to case 
A04 that has a 20 mm overlap, fails progressively 
after a certain area has entered plasticity.  
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Fig. 11. Experimental and numerical failure loads 
for all DLJ cases considered [13].  
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Fig. 12. Normalized shear stress distributions over 
the adhesive layer of two DLJ cases [13].  
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This can be seen by comparing the shear stress states 
at level e, which stands for the late stage damage 
propagation occurring at the failure load level.  

4.2 Tubular adherents 

The aim of the parametric study is to yield 
conclusions regarding the effect of various 
geometric and material parameters to the behaviour 
and strength of the adopted adhesive joint cases, 
which are subjected to combined internal pressure 
and axial loading. The operational pressure of 10 bar 
has been kept constant for all cases, while the axial 
strength of the joints (ultimate applied force - Fu ) 
was calculated.  
In all three adhesive joints (Fig. 13 a, b and c) six 
values of the overlap length Lo have been 
considered, as follows: 

• 20 mm 
• 40 mm 
• 60 mm 
• 80 mm 
• 100 mm 
• 120 mm 

As far as the SLJ cases are concerned, the Lo 
magnitude is the unique parameter investigated. 
However, for the tube-to-tube and the tube-to-flange 
SSJ adhesive joint cases the effect of strap material 
and thickness ts have been also considered in the 
parametric study. The two materials selected for the 
strap are the following: 

• CFRP (the same as the tube material) 
• Aluminum  

and the two strap thicknesses are the following: 
• 4 mm 
• 8 mm. 

Hence, 24 cases have been considered for the tube-
to-tube and tube-to-flange SSJ geometries (6 overlap 
lengths x 2 materials x 2 strap thicknesses) and 6 
cases for the tube-to-tube SLJ geometries. 
Fig. 14, presents a comparison of the maximum 
attained load (strength), as numerically predicted for 
all considered cases of the SLJ and SSJ tube-to-tube 
adhesive joint geometries. It must be noted that the 
overlap length Lo in the SSJ cases is the half length 
of the strap material, according to Fig.13.  
The strength predictions are approximately equal for 
all considered cases and for Lo values less than 80 
mm. Regardless the case considered, the trend of the 
global response curve denotes a behaviour of the 

strength tending to a plateau as of the overlap length 
increases. This behaviour is obvious for Lo values 
higher than 100 mm and particularly for the SSJ 
cases that have an 8 mm thick strap. The existence 
of a plateau beyond which the strength of lap joints 
does not increase with further increase in the overlap 
length, is a common characteristic of adhesive joints 
with flat adherents.  
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Fig. 13: Tube-to-tube SLJ (a) and SSJ (b) geometries 
and tube-to-flange SSJ (c) geometry adopted in the 
numerical parametric study (all dimensions in mm). 

Fig. 15 presents a comparison of the global force-
displacement responses as numerically calculated for 
the six different overlap lengths, for the tube-to-tube 
SLJ geometry and for a typical SSJ geometry. In 
reality, each curve begins from zero; however, for 
reasons of clarity, the curves have been shifted 
between each other by 0.4 mm. According to this 
figure, the trend of the predicted global response is 
characterized non-linear for small overlap lengths 
and turns into linear as the overlap length increases, 
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particularly in the typical SSJ case of Fig. 16b. This 
behaviour is totally attributed to the exponential 
traction increasing part of the proposed EPZ laws, 
which describes the elastoplastic region of the 
ductile adhesive material utilized.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Thus, in the cases where a relatively small overlap 
length is utilized, the entire adhesive layer 
contributes to the stress development and 
subsequently enters plasticity at the same time 
leading to sudden failure. 
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Fig. 14. Comparison of the maximum attained forces from all tube-to-tube SLJ and SSJ cases. 
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Fig. 15. Global response of the SLJ (a) and SSJ (b) tube-to-tube cases.  
The curves have been shifted by 0.4 mm for clarity. 
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4 Conclusions 

This work presents a new mixed-mode cohesive 
model designated for the prediction of the loading 
and fracture response of toughened adhesive layers 
used for the design of structural adhesive joints. The 
new model has been initially validated and verified 
with laboratory metal-to-metal and metal-to-
composite geometrical configuration, i.e. single lap 
and double strap joints. It has been shown herein  
that the proposed model is able to capture 
experimental global responses and provide 
predictions of the stress field developed over the 
bondline through the loading history. It can be 
concluded that such computational tool is promising 
for the analysis and design of adhesive joints that 
involve similar or dissimilar adherents. 
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1 Summary 

Core shear cracking induced by impact on sandwich 
panels is a detrimental failure mode causing severe 
loss of structural performance. This paper derives 
analytical expressions for initiation of skin rupture 
and core shear cracking during impact on sandwich 
panels with foam cores. The criteria are successfully 
validated by comparison with experimental results 
for a range of thicknesses of skins and cores in 
panels with carbon/epoxy NCF skins and a Rohacell 
foam core. 
 

2 Introduction 

Sandwich panels with laminated composite skins 
offer very high bending stiffness per unit weight and 
are therefore attractive for use in aircraft structures, 
but concerns remain over damage tolerance issues 
[1]. Models have therefore been developed to predict 
impact response and damage [2, 3]. Most aircraft 
structures have used honeycomb cores, which offer 
high shear stiffness, but have been found to cause 
problems with water entrapment. This problem is 
avoided with foam cores, which also offer simplified 
manufacturing, but a major concern is the risk for 
core shear cracking or skin debonding, e.g. due to 
impact, which may reduce structural performance 
severely, Fig 1. [3]. 

 

Fig. 1. Impact damage involving core crushing and 
(1) skin rupture, (2) core shear cracking and (3) 
combined skin rupture and core shear cracking [3]. 

The phenomenon of foam core shear cracking in 
sandwich panels due to impact has, however, yet 
received only limited attention. Previously core 
shear cracking has been observed after impact on 
large panels with GFRP skins with PVC foam cores, 
for use in naval applications [4]. Leijten et. al. [5] 
analyse the impact resistance and compressive 
residual strength of CFRP foam core sandwich panel 
with PMI foams for application in primary aircraft 
structures. They describe a significant increase in 
planar damage area during non-destructive 
inspection (NDI) for a particular sandwich 
configuration with a relatively thin foam core but 
otherwise concentrate on skin debonding due to core 
crushing below the point of impact. Destructive 
sectioning of this particular sandwich configuration 
revealed core shear cracks that emerge from the 
local core crushing area and extend in a circular 
manner conically through the foam core. These 
shear cracks result in a reduced flexural stiffness of 
the affected specimens compared to the reference 
configuration. 
 
A more general review on the effects of impact on 
sandwich panels, and a comparison of damage types 
in various skin and core materials was provided by 
Abrate [6]. Honeycomb cores are less vulnerable to 
shear cracking as through the thickness crack growth 
has to rupture the cell walls. Shear loads on 
honeycomb cores instead typically lead to shear 
buckling of the cell walls. An extensive 
investigation of Nomex honeycomb core sandwich 
panels with CFRP face sheets by Raju et. al [7] 
revealed no core shear cracking as failure mode. It is 
however reported that with decreasing core 
thickness and increasing diameter of the indenter, 
the planar damage area in the sandwich increases, 
too. 
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3 Theory 

Impact and static indentation of sandwich panels 
with composite laminate skins result in a sequence 
of damage events. The local elastic face sheet 
deflection is typically followed by core crushing, 
face sheet delamination and eventually skin rupture. 
Foam cores frequently also experience core shear 
cracking. A typical load-indentation curve for a 
panel without core shear cracking is shown in Fig. 2. 
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Fig. 2. Typical load-indentation curve for a 
sandwich panel without shear cracking. 

 
Core crushing involves initial elastic buckling of the 
core cell walls, followed by cracking or plastic 
buckling of the cell walls. Cellular core materials 
have been found to crush under a more or less 
constant compressive stress, pcr, up to the point of 
densification (>80% strain) where the cell walls are 
entirely collapsed and the core modulus approaches 
the modulus of the solid cell wall material [8]. 
 
The following theory is based on consideration of 
vertical equilibrium for a hemisphere of radius R 
indenting a sandwich panel with a skin of thickness 
hf, and a core of thickness hc being crushed within a 
radius a, as illustrated in Fig. 3. 
 
The effective (axisymmetric) plate stiffness in 
bending of the skin is given by Df* [2]: 

( )

( ) 22116612

2211
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Fig. 3. Forces acting on a sandwich panel with a 
central crush zone of radius a. 

 
Here Df ij are the elements of the bending stiffness 
matrix of the skin, as given by laminate theory. We 
now define effective moduli Qf

* of the skin 
(subscript “f”) and Qc

* of the core (subscript “c”): 
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where “z” refers to the thickness direction [2]. The 
elastic face sheet deflection under a concentrated 
load F is modelled as a plate on an elastic 
foundation, where the foundation stiffness is 
influenced by the stiffness and thickness of the face 
sheet and core. The core may be considered semi-
infinite when the core thickness hc exceeds a certain 
maximum value hcmax [2]: 
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The load for onset of core crushing, Fcr, is given by 
the theory for centrally loaded plates on an elastic 
foundation, and has been derived previously [2]: 
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which have been rewritten using the first relation in 
Eq. (2). The load for onset of skin delamination, Fd1, 
has been derived previously [2], and may be written: 

98 3
1 IIcfd GhQF ∗= π  

(5) 

where GIIc is the interlaminar toughness in mode II. 
The delamination threshold load is the same as for 
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monolithic laminates, since the core support is 
negligible for an infinitesimally small delamination, 
but increases somewhat for subsequent delamination 
growth, due to increasing core support. 
 
Skin delamination occurs at an early stage and 
causes a more or less complete loss of skin bending 
stiffness, while membrane action is maintained. 
Hence skin rupture may be predicted by considering 
the equilibrium of a membrane wrapped around a 
hemispherical impactor. In the contact region the 
delaminated skin obtains the shape of a spherical 
cap, with a resulting uniform contact pressure, 
Fig. 4. 

 

Fig. 4. Geometry of a membrane wrapping around a 
hemispherical impactor/indentor. 

 
Thus, the membrane is in a state of uniform plane 
stress, where the stress-strain relation is given by: 

( )∗∗ −= rrE νεσ 100
 (6) 

where Er* and νr* are the average Young’s modulus 
and Poisson’s ratio of the skin. These properties are 
obtained by evaluating the average values of a ply 
rotated a complete circle, and are identical to the 
corresponding properties for a quasi-isotropic 
laminate. The membrane strain at the edge of the 
contact area is given by the relation between 
membrane strains and slope: 

22
00 θε =  (7) 

Vertical equilibrium for the spherical cap gives: 

2
00000 22 θσπθσθπ hRhRF =⋅=  (8) 

Combination with Eqs (6)-(7) gives the expression: 

( )*2
0

* 14 rrf ERhF νεπ −=  (9) 

The resulting skin rupture load Fr is obtained by 
evaluating the load for a strain ε0 equal to the 
ultimate tensile failure strain ε1t: 

( )*2
1

* 14 rtrfr ERhF νεπ −=  (10) 

Impact and indentation of sandwich panels typically 
results in a central zone with core crushing. The 
radius a of the crush zone is obtained from 
equilibrium between the contact load F, the core 
crush reaction and the skin membrane load N at the 
edge of the crush zone, Fig. 3: 

θππ aNFapcr 22 −=  (11) 

The squared radius may be written on the following 
dimensionless form: 

FaNFapa cr θππ 2122 −==  (12) 

where 2πaNθ/F is a reduction factor accounting for 
the load carried by skin membrane action during 
indentation. Solutions for the indentation of a 
sandwich skin on a crushing core, and relations 
between a and F were presented in [9]. 
 
Classical sandwich plate theory assumes a uniform 
shear stress over the core thickness. The core shear 
stress increases proportionally to the radius in the 
region with constant crush stress, and decreases 
outside this region due to decreasing contact stresses 
between skin and core. Hence, from Fig. 3 the peak 
core stress τc is given by the following relation: 
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where the relations in Eq. (12) have been used. The 
load is limited by the skin rupture load Fr. Hence the 
maximum shear stress τcmax in the core is given by: 
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where ra  is the dimensionless crush radius at the 
rupture load Fr. The results in [9] show that 

8.02 ≤a , and hence a value 8.02 ≈ra  may be used 
for conservative design. 

4 Experiments 

Sandwich panels were made from 75 kg/m3 Rohacell 
PMI RIST foam cores covered with skins of HTS 
carbon non-crimp fabric (NCF) impregnated by 
RTM6 epoxy resin. The face sheets have a stacking 
sequence of [(45/0/-45)s]n and a ply thickness of 
0.125 mm leading to total laminate thicknesses of 
0.75 mm, 1.5 mm, 2.25 mm and 3.0 mm. The core 
thickness varies between 6.5 mm and 35.5 mm. The 
complete test matrix with all configurations is shown 
in Table 1. For each sandwich configuration three 
specimens were manufactured and tested with 
variable impact energies. 

Tab. 1. Test matrix of impact tests. 

Skin 
thickness 
hf   [mm] 

Core thickness, hc [mm] 

6.5 10.0 16.3 25.7 35.5 

0.75 x x x   

1.50 x x x x x 

2.25   x x x 

3.00   x x x 

 
Impact tests were performed by the Fraunhofer 
Institute for Mechanics of Materials in Halle, 
Germany. A drop weight impact testing machine 
was used with a 3.1 kg impactor and a hemispherical 
tup of radius R=12.7 mm. This impactor is 
considered more critical compared to smaller types, 
as it increases the loading on the weaker core 
material due to shear bending. 
 
For the impact tests the sandwich panels were cut to 
a size of 350 x 400 mm and fixed inside a rigid 
picture frame with a 250 x 300 mm window as 
shown in Figure 5. Impacts were applied to the 
centre of the specimen with impact energies varying 
from 12 J to 90 J depending on the strength of the 
specimen. The size of the test specimens was 
selected large in order to reduce edge effects and 
keep the thickness of the test specimens by one order 

of magnitude smaller than its in-plane dimensions 
representative for shell structures. 
 
Impactor load and displacement were recorded 
during the experiments and skin and core damage 
inspected afterwards using air-coupled ultrasonics, 
and in some cases also fractography of sections cut 
from panels. The load and displacement curves thus 
characterize the impact process itself while the 
damage measurements characterize the damaged 
specimen. 

 

Fig. 5. Sandwich plates and picture frame used for 
specimen fixture during impact testing. 

 
Figure 6 displays the peak impact load observed 
during testing. The results are grouped by two 
categories. The shape of the symbol is selected 
depending on the skin thickness. Filled symbols 
mark specimens with observed core shear cracking 
while empty symbols represent specimens where 
there was only local core damage occurring. 
 
It can be observed that the peak impact force is 
constant for all specimens of the same face sheet 
thickness and impact energies above a certain 
threshold energy. From investigation of damaged 
specimens this threshold energy can be related to 
face sheet rupture which coincides with the peak 
force observed during impact testing. Consequently 
core shear cracking as a damage mode has – if at all 
– only little influence. 
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Fig. 6. Peak impact force vs. impact energy. Filled 
symbol = observed core shear cracking, Empty 
symbol = local core damage. 

 
Figure 7 shows the planar damage diameter 
observed in the damaged test specimens. The results 
show only total damage area and do not distinguish 
between face sheet and core damage. Core damage 
was observed either in the form of local face sheet 
debonding due to core crushing below the point of 
impact or in the form of additional core shear 
cracking. In any case core damage was observed 
larger than face sheet damage and thus describes the 
total damage area fully. 
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Fig. 7. Planar damage diameter vs. impact energy. 
Filled symbol = observed core shear cracking, 
Empty symbol = local core damage. 

 
When looking at the graph two trends become 
obvious as the results arrange depending on the 
observed damage mode. Specimens with core shear 

cracking (filled symbols) are subject to significantly 
larger damage sizes at lower impact energies than 
specimens with a local core damage observed. Here 
a maximum damage size of 50 mm diameter was 
observed compared to a maximum damage size of 
about 300 mm for specimens with core shear 
cracking, which is close to the total size of the 
specimen. 
 
Only one particular specimen did not fit into either 
of the two trends. The specimen has a very thin face 
sheet of only 0.75 mm, a 16.3 mm thick core and 
was impacted with a relatively high energy of 35 J. 
The measured damage diameter was 100 mm and 
was confirmed by sectioning. This also revealed that 
the impactor had punctured the front face sheet and 
crushed almost through the entire core. As the 
impactor approached the rear face sheet, it created a 
local debonding of the rear face sheet which was 
captured by the NDI and thus explains the large 
damage size. The damage mode however is core 
crushing combined with face sheet rupture. 
 
Destructive sectioning was also performed on 
selected specimens in order to confirm the available 
NDI results. Fig. 8 shows the damage mode local 
core crushing with skin rupture while Fig. 9 shows 
foam core shear cracking. Both specimens shown 
have a 2.25 mm thick face sheet and where subject 
to a 50 J impact. The core thickness differs however 
as the specimen in Fig. 8 has got a 35.5 mm thick 
core while the foam core of the specimen in Fig. 9 is 
only 16.3 mm thick. 
 

 

Fig. 8. 50 J impact damage in a specimen with a 
‘thick’ core: Core crushing with face sheet rupture. 
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Fig. 9. 50 J impact damage in a specimen with a 
‘thin’ core: Core crushing extended by a foam core 
shear crack. 

 

5 Comparison between theory and experiments 

Theoretical predictions were based on the following 
elastic properties for the individual UD-plies of the 
NCF material: E1=130 GPa, E2=9 GPa, G12=4.5 GPa 
and ν12=0.26. The value of E1 reported in [3] has 
been slightly reduced to better reflect the stiffness 
reduction caused by fibre crimp in NCF composites. 
The resulting average (quasi-isotropic) skin 
properties are: Er

*=50 GPa, νr
*=0.307. The tensile 

failure strain was assumed to be ε1t=1.8 %, based on 
the failure strain for fibre bundles reported by the 
fibre manufacturer [10]. This value is significantly 
higher than the tensile failure strain for conventional 
coupons of the NCF bulk material, but is thought to 
be more representative of the small material volumes 
(a few mm3) strained under the impactor. The 
increasing strength for small material volumes is a 
well known result of Weibull’s statistical theory of 
strength [11]. 
 
The following properties were assumed for the 
75 kg/m3 RIST foam: pcr=1.7 MPa, τU=1.3 MPa 
[12]. Furthermore the dimensionless squared crush 
radius was assumed to be 8.02 =ra  [2]. 
 
Figure 10 gives a comparison between predicted and 
experimentally observed load for onset of skin 
rupture, which coincides with the peak load during 
impact. To illustrate the effect of skin failure strain, 
predictions for a failure strain of 1.6 % (obtained in 
conventional tests on bulk material) and 2.0 % have 
been included for comparison. 
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Fig. 10. Comparison between predicted skin rupture 
load and experimentally observed peak load. 

 
Figure 11 presents curves for predicted shear stress, 
and symbols representing corresponding 
experimental observations of core shear cracking. It 
is evident that the appearance of shear cracks closely 
corresponds to predicted stresses exceeding the 
shear strength of the foam core material and that 
core shear cracking can be prevented by exceeding a 
certain critical core thickness. 
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Fig. 11. Predicted core shear stress and observed 
core shear cracking. Triangle=observed core 
cracking, Circle= no observed shear cracking. 
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6 Discussion and conclusions 

Impact resistance is an important part of damage 
tolerance which is required for primary load bearing 
structures in aircraft. Here impact resistance is the 
ability of a structure to withstand impact loads with 
minimum damage. In contrast to this damage 
tolerance is the ability of a structure to sustain 
maximum load bearing capability without 
catastrophic failure despite undetected structural 
damage. As impact events are a common source of 
damage, increasing the impact resistance of a 
structure may reduce the required damage tolerance 
performance. 
 
For monolithic CFRP structures impact resistance is 
typically determined by measuring damage caused 
by relevant impact threats. This is then correlated 
with the appropriate NDI technique - typically visual 
inspection - in order to confirm whether the damage 
is detectable or not. From this correlation the 
maximum damage, that is not detectable, has to be 
used for damage tolerance analysis and tested 
experimentally by e.g. compression after impact. 
 
The impact resistance of CFRP sandwich structures 
is typically determined the same way. During impact 
tests with various sandwich configurations two types 
of damage modes in foam core sandwich structures 
have been observed. The first damage mode – core 
crushing combined with face sheet rupture – creates 
limited damage sizes in the core and typically has 
got a good visibility. The second damage mode – 
core crushing extended by core shear cracks – 
creates significantly larger damage sizes and 
typically has got less visibility. 
 
From a damage tolerance point of view core 
crushing and face sheet rupture can be treated 
similar to monolithic CFRP. Core shear cracking 
however is more detrimental to the damage tolerance 
performance as it creates larger damage sizes at less 
visibility. Avoidance of foam core shear cracking 
could thus lead to significant improvement of the 
damage tolerance of sandwich structures. 
 
In this work criteria for skin rupture (penetration) 
and core shear cracking of CFRP foam core 
sandwich panels during low velocity blunt impact 
have been presented and compared with 

experimental results. Good agreement between 
experiments and the damage criteria has been 
reached. 
 
By applying these criteria e.g. during preliminary 
design, the damage mode of sandwich structures 
subject to a relevant impact threat can be estimated 
and e.g. by design changes altered in order to 
improve the damage tolerance performance. It is 
noted that prevention of skin rupture and core shear 
cracking may be partly conflicting aims. Skin 
rupture is prevented by increasing the stiffness 
(modulus and/or thickness) or tensile failure strain of 
the skin. These modifications are however 
detrimental for core shear cracking. 
 
Core shear cracking is prevented by reducing the 
core shear failure index τcmax/τU, where τU is the 
shear strength of the core. Inspection of Eq. (14) 
reveals that this may be done in several ways. 
Reduction of the skin failure strain or modulus is 
rarely an option as this reduces the mechanical 
performance of the panel. Core modification 
involves increasing the density or thickness of the 
core. Both have a similar weight penalty, but it is 
evident that an increased core thickness is more 
weight efficient, as the crush stress pcr and shear 
strength τU of foams both are approximately 
proportional to the core density. 
 
It has to be kept in mind however that the presented 
failure criteria are limited to simple geometries and 
load cases and do not account for material non-
linearity such as e.g. strain rates, plasticity of the 
foam core or residual stresses dating back to 
manufacturing of the sandwich structure. 
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1 Introduction  

 

Owing to the continually increasing global 

population and more widespread industrialisation 

(particularly with respect to the developing world’s 

aspirations to equality of standard of living), the 

extraction and use of materials is constantly 

expanding. These materials are critical for humans 

to function as a society in order to construct the 

necessary tools and components required. 

 

This ever-increasing demand for materials has meant 

that certain resources are becoming continually 

scarcer. This can be noticed clearly in the increasing 

price of commodities over the recent decades [1].  

Those commodities which are in high demand, such 

as oil and rare earths, are prone to short term 

volatility in their price, irrespective of the cost of 

extraction or production [2, 3].  In many cases, such 

as those where the resource is dependent on specific 

geological formations or minerals, this is due to 

political and social instability within the few 

countries where these resources are found [4]. 

 

The polymer matrix composite materials sector has 

seen a surge in growth over the last few decades [5].  

The polymer matrix within a composite is normally 

derived from petrochemicals with the synthetic fibre, 

commonly glass and carbon, requiring high amounts 

of energy during manufacture. As the price of raw 

materials for resin is heavily dependent on 

petrochemical price fluctuations, there has been a 

greater focus on deriving these resins from bio-based 

sources. Even though some types of synthetic fibre 

are not derived from petrochemicals, the energy 

used in the manufacturing process could ultimately 

be petrochemical in origin. 

 

The development of ‘green’ composites that can be 

economically competitive when compared with 

standard synthetic fibre composites is an important 

area of research.  Here ‘green’ is taken to mean a 

product that is less harmful to the environment than 

existing alternatives.  Resin manufacturers have also 

been focusing on social and environmental factors 

during the manufacture and processing required for 

their resin systems. This is normally in the form of a 

‘Sustainability Agenda’ [6, 7].  However, it is not 

always obvious how such green credentials are 

determined and the term sustainability has different 

meanings depending on the context in which it is 

used 

 

The common components for the manufacture of 

green composites are natural fibres and bio-based 

resin systems.  Natural fibres come in many forms 

from many sources [8].  They include various plant 

and animal fibres, but in general there are two key 

features: ‘as produced’ fibres tend to be short and 

are lacking in the uniformity one finds in 

manufactured fibres.  Whilst these fibres do have 

interesting properties that merit further attention, and 

whilst there is the potential to process them to a 

greater or lesser extent in order to produce more 

uniform and longer fibres, there is perhaps greater 

potential in the investigation of resin systems and 

the processes by which they can be made greener. 

 

In a collaborative project between the University of 

Surrey and Scott Bader Company Ltd., both aspects 
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are being investigated e.g. [9-11].  In previous work 

by the authors, sustainability has been measured in 

terms of the proportion of the resin system that has 

been replaced by a bioderived oil, displacing fossil 

based petrochemicals [11].  Here, the focus is on 

providing a more robust assessment of the ‘green 

credentials’ of this class of materials.  To this end, 

Life Cycle Analysis (LCA, sometimes referred to as 

Life Cycle Assessment) has been undertaken in 

order to assess existing options and to provide a 

baseline against which alternatives can be compared. 

 

LCA is a generic term for a range of ‘inventory’ 

techniques: as with many concepts whose “time has 

come” LCA methodologies appeared independently 

in multiple places during the late 1960s and early 

1970s [12].  Fundamentally, the purpose of such 

inventory techniques is to gather all available 

information on the production, use and disposal of a 

given item and hence to determine the impact of the 

item on the environment.  (The specific 

methodology used in this study is outlined in section 

3).   

 

Some products are easier to assess than others.  For 

example products which are feedstocks for multiple 

users are much more complex to provide an 

inventory for, and of course polymers and polymer 

matrix composites fall into this category.  The 

important thing to carry forward is that whilst it is 

not always possible to provide an assessment that is 

perfectly accurate, usually due to the lack of good 

quality (or any) data when preparing the inventory.  

This can be perceived as a major barrier to carrying 

out an assessment, but even more generalised 

assessments can be valuable in highlighting issues 

within the production, use and disposal of an item.  

Another perceived issue is the complexity of 

processing and manufacturing, but streamlining 

methodologies have been found to be very 

successful in highlighting issues in production which 

would not be captured if LCA is reserved as a 

corporate strategic tool e.g. [13]. 

 

LCA of polymer resins typically used in composite 

systems has been carried out previously, e.g. [14-16], 

but whilst rigorous these studies follow typical LCA 

processes and limit the scope of the study quite 

severely, making many assumptions to simplify the 

case as much as possible.  The current work has 

developed a multi-stage methodology which is much 

more relevant for the batch processes used to 

manufacture many structural thermosetting polymer 

systems. 

 

The structure of the paper is as follows.  In the next 

section the materials assessed in the current study 

are specified whilst, as mentioned, in section 3 the 

methodology used is presented in more detail.  

Results are presented and discussed in section 4 and 

the paper closes with section 5, Concluding Remarks.  

 

 

2 Materials 

 

Whilst several systems have been considered within 

the larger project the current work will focus on 

Scott Bader’s Crestapol® technology.  This is a 

urethane methacrylate (UMa) system and a 

development thermosetting resin, based upon this 

system, has been manufactured by Scott Bader 

Company Ltd.  This development system substitutes 

some of the petrochemical based raw materials with 

(vegetable) oils: in previous work it has been noted 

that the vegetable oils used in this work are active 

constituents not inactive fillers.  This development 

resin system has similar production costs and shows 

similar mechanical performance compared to the 

standard thermosetting resin system [11].   

 

As the formulation of the resin systems utilise 

specialist monomers, the data for some of these 

chemicals were not available.  In some cases it was 

necessary to use data for another isomer of that 

chemical and it was thus assumed that the supply 

chain and production conditions for two isomers 

would be quite similar.  Where a similar chemical 

could not be selected, the model still included it as a 

flow but not linked to any data.  However, when the 

relevant data becomes available in the future, this 

information can be easily inserted into the model.  

This is discussed further in the Methodology. 

 

It should be noted that the data used within this 

study did not describe the purity (grade) of the raw 

material.  The purity of a chemical can be an 

important factor in some resin formulations, and this 

can be of significance if the steps required to obtain 
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high grade materials are energy intensive, as may be 

the case for components obtained through, for 

example, distillation or membrane filtration.  

 

Owing to the commercial sensitivity of data used to 

calculate the LCA, details of specific constituents 

and their masses have been omitted.   

 

 

3 Methodology 

 

An environmental life cycle assessment (LCA) is 

carried out to assess the environmental impact of a 

material or product over a period of the life of the 

product.  The “gold standard” of LCAs for a finished 

product is to consider the material from raw material 

extraction/sourcing, commonly known as the 

‘cradle’ right through to the processing of a 

discarded item and its processing in order to produce 

raw materials for another product: this is referred to 

as a “cradle-to-cradle” assessment.  In practice the 

item may be discarded for a variety of reasons that 

prohibit reuse or recycling and it may only be 

possible to consider disposal in a “cradle-to-grave” 

manner.  If a product has potentially unlimited uses, 

usually because it is raw material for another 

product, the LCA is often conducted only up until 

the end of manufacture for the original product (in 

the form which it is sold to another customer). This 

is called a ‘cradle-to-gate’/’cradle-to-factory gate’ 

study. 

 

Whatever the extent of the LCA, the aim is to 

account for the inputs (materials and energy) and 

outputs across the various stages involved in the 

manufacture of a product, and where possible it’s 

use and disposal.  It is from this analysis that the 

environmental impact of that product (or service) 

can be assessed comprehensively.  LCA has become 

the central concept for both environmental 

management within industry and governmental 

environmental policy making [17]. The international 

standards that cover LCA are BS EN ISO 14040 

(Principles and Framework) and BS EN ISO 14044 

(Requirements and Guidelines) [18, 19]. 

 

The Crestapol® system is used in a wide range of 

applications and therefore in the current context a 

‘cradle-to-cradle’ assessment is not possible and a 

‘cradle-to-grave’ LCA would not be appropriate.  

Instead, current work focusses on the production of 

the resin in a “cradle-to-gate” analysis: here ‘gate’ is 

taken to mean the output from the reactor, rather 

than the factory gate, as subsequent effects are (a) 

negligible and (b) the same for all systems produced.   

 

Initially, the material flow for the LCA was broken 

down into five main areas, which cover ‘cradle-to-

grave’.  These areas are the manufacture of the raw 

materials and transport to site (“Wider System”), 

pre-processing and site distribution (“Scott Bader” 

from Goods In to Reactor In), the production process 

(“Reactor” from Reactor In to Reactor Out), post-

processing (from Reactor Out to Goods Out) and 

Lifetime (Goods Out to End of Life).  For the 

current ‘cradle-to-gate’ analysis, the latter two stages 

were not included. 

 

Where LCAs are carried out for polymers, the 

production stage is usually treated as one process 

and various assumptions are made to account for the 

different steps in the manufacturing process.  Here, 

the Reactor stage was broken down into four sub-

stages in order to more accurately assess the energy 

used during batch production.  The sensitivity of the 

system to changes in raw materials was investigated. 

 

Within the model, data were not available for 

approximately 20 % of the final mass.  Whilst this is 

not an ideal situation for an LCA, it is by no means 

unusual and is discussed in depth in the Handbook 

on Life Cycle Assessment [20].  It is suggested that 

typically one can “cut off” a flow for which there is 

insufficient data if it contributes less than 2.5% of 

the total flow.  (This can be measured in economic 

or mass terms).  Whilst no guidance is provided on 

what the total amount of omitted mass can be, it is 

acknowledged that 20% of the final mass is quite a 

considerable component to omit from consideration.  

However, these components are a) minor 

constituents and b) are generally found in both the 

commercial and developmental resins and can 

therefore be treated as having a comparable effect on 

both systems. 

 

The analysis was carried out using GaBi software 

(v4.4 PE International) supported by the EcoInvent 

database.  Site data were collected at Scott Bader’s 

production facility in Wollaston, UK,  
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The LCA considers a number of environmental 

impact categories: 

 

 Acidification Potential (AP) (kg SO2 equiv.) 

 Eutrophication Potential (EP) (kg phosphate 

equiv.)  

 Freshwater Aquatic Ecotoxicity Potential (FAEP) 

(kg DCB equiv.) 

 Global Warming Potential (GWP) (100 years) 

(kg. CO2 equiv.) 

 Human Toxicity Potential (HTP) (kg DCB 

equiv.) 

 Ozone Layer Depletion Potential (OLDP) (kg 

R11 equiv.) 

 Photochemical Ozone Creation Potential (POCP) 

(kg Ethene equiv.) 

 Terrestric Ecotoxicity Potential (TEP) (kg DCB 

equiv.) 

 

In the next section, the findings of the LCA are 

presented in the light of these impact categories. 

 

 

4 Results and Discussion 

4.1 Results 

 

The contributions to environmental impact of the 

resin system are presented in Fig. 1, where data has 

been normalised against the calculated total impacts 

of the European Union.  Photochemical ozone 

creation potential (POCP) followed by Acidification 

potential (AP) and Global Warming Potential 

(GWP) were the categories having the highest 

relative impact: other contributions were at levels 

approximately one fifth (or lower) of those of the 

three main impact categories.   

 

The Crestapol® resin system can to some extent be 

validated by benchmarking the quantitative results 

with published results for other similar resin systems.  

Through the Ecoinvent database there is information 

on the cradle-to-gate impacts of a typical unsaturated 

polyester resin system and a typical epoxy resin 

system.  The selected results for comparison are the 

energy input and the Global Warming Potential 

(GWP) as these are considered key concerns in 

terms of cost and environmental impact respectively.  

The data for the three systems is presented in Table 

1.  Note that these quantitative results are for 

indicative purposes only and should not be 

considered as the energy or carbon footprints of 

these products.  However it is interesting to note that 

the ratio of Energy Input to GWP is approximately 

equal for both the Crestapol® and Epoxy systems 

(~20 MJ/kg CO2) and that the Unsaturated Polyester 

is slightly smaller, at ~17 MJ/kg CO2).  At this stage 

it is difficult to conclude anything specific from this, 

particularly given the issue of the mass flows that 

could not be incorporated into the model. 

 

4.2 Onsite Impact vs. Constituents 

 

POCP is attributed to the photo-oxidant formation of 

nitrogen oxides and volatile organic compounds. 

These reactive compounds can be hazardous to 

human health as well as causing crop damage [21].  

AP is caused when acid gases are absorbed by 

atmospheric precipitations.  As a result, this 

acidified rain can cause leaf damage and 

superacidity of soil, both of which negatively affect 

the growth of plants.  GWP is the effect of rising 

average atmospheric temperature due to the 

absorption of solar radiation by the atmosphere due 

to the accumulation of particular gases such as 

carbon dioxide, methane and nitrous oxide in the 

atmosphere. This impact has been linked with 

increased climatic disturbance, rising sea levels and 

desertification [22].  HTP relates to the emission of 

substances, such as heavy metals, that have a 

negative effect on human health.  The two carriers of 

this toxicity are air and water [22]. 

 

When the impact of the materials and processing 

were split it was observed that: 

 POCP was mostly attributable to the 

materials: all of the processing for the 

manufacture of the resin system (the on-site 

input) contributed just 0.03 % to the POCP.   

 AP was also significantly affected by the 

materials component: all of the processing 

for the manufacture of the resin system 

(onsite input) contributed just 0.06 %.   

 GWP (100 years) was substantially affected 

by the materials. All of the processing for 

the manufacture of the resin system (onsite 

input) contributed just 0.21 % to the global 

warming potential.  
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 whilst the impact of HTP was low on the list 

of normalised impacts (a tenth of the 

contribution compared with GWP, Figure 1) 

it is raised as a potential area of concern 

because this was the impact category in 

which the apparent dominance of the 

diluents in terms of contribution to the 

impact was not upheld. 

 

However, whilst these impacts represent the whole 

“cradle-to-gate” process, the contribution from the 

production process itself is negligible: most issues 

arise from the extraction of raw materials and 

refinement/purification of the resin constituents. 

 

4.3 Disproportionate impacts  

 

Once the materials segments were broken down to 

the relative contribution of each of the resin 

components, it was found that the diluents 

contributed: 

 

 81 % of the POCP impact. 

 73.1 % of the AP impact. 

 72 % of the GWP impact.  

 

Clearly, therefore, diluents represent an area of 

interest for those looking to reduce material related 

impacts.  Whilst the role of the diluent has 

historically been crucial (particularly with respect to 

UP resin systems) in taking a material from an 

interesting but uneconomic material to a commercial 

success with widespread applications, in order to 

maintain this usage it is necessary to identify 

alternative diluents (or alternatives to diluents) with 

reduced impact upon the environment. 

 

Further, when the impact of the materials and 

processing were split it was observed that one part of 

the blended system, representing around 20% of the 

Crestapol® resin system’s mass, was responsible for 

64 % of the human toxicity potential.  Further 

analysis showed that of this part, one monomer was 

the main contributor to the impact, (52.9 % of the 

HTP), despite contributing less than 2.5 % of the 

Crestapol® resin system’s mass.  This too, therefore 

indicates a particular area for scrutiny. 

 

 

The data summarised in Table 1 suggest that the 

model used is providing numbers that are in the right 

ball park for resin systems.  It was expected that the 

Energy Input and GWP of the Crestapol® resin 

system would be close to the results for the 

unsaturated polyester and epoxy resin systems 

because they both manufactured from petrochemical 

based feedstocks.  Without over interpreting the 

findings, especially when it is not possible to 

compare the system boundaries and assumptions for 

the LCAs of the three resins, it is worth noting that a 

possible explanation as to why the Crestapol® resin 

had a lower Energy Input and GWP is that the raw 

materials are different to the raw materials used in 

the unsaturated polyester and epoxy resins and there 

may be the chance that the 20% of mass of material 

omitted may be responsible for this difference . 

 

4.4 Discussion 

 

The assessment presented here has shown that for 

the resin system under consideration, the on-site 

contributions to environmental impacts are 

comparatively minor compared to those associated 

with the manufacture/collection of the primary raw 

materials.  This analysis does not mean that resin 

manufacturers have no control over reducing 

environmental impacts.  The results of the LCA 

suggest that there are two groups of people who 

have the potential to significantly reduce the 

environmental impact of resin systems: the polymer 

chemists and the purchasers of raw materials. 

 

For example, the formulation (the monomers that 

make the polymer, and including the diluents that 

aid processabilty) of the resin system, can be revised 

with a focus on options with lower environmental 

impacts when developing new products.  At the 

same time, the suppliers of the raw materials can be 

selected based upon the environmental impact of 

their product (e.g. there is usually more than one 

manufacturing method for a particular monomer and 

different manufacturers may have access to different 

energy sources some of which may be less carbon 

intensive).  Even if the raw material is sourced 

further afield, the extra transportation environmental 

impact could be lower than the improved 

environmental impact of that particular raw material. 

 

ICCM19 3650



Interestingly, it should be noted that for the options 

available within the current study (i.e. oils derived 

from petrochemical or vegetable sources), it appears 

that the environmental impacts are relatively 

insensitive to production route.  The contributions 

from fertilisers and harvesting are comparable to 

extraction from the ground.  However, there is much 

potential for examining the choice of monomers and 

assessing their contribution to mechanical properties 

against their environmental impacts, as there can be 

as much as an order of magnitude difference in e.g. 

GWP. 

 

As it is common practice to adjust the monomer 

concentrations within the formulation to form a new 

system, this alteration could have an effect for the 

environmental impacts.  For example, the current 

analysis has shown that the majority of the human 

toxicity environmental impact of the resin system 

was attributed to a monomer that was less than 

2.5 % of the formulation.  Thus if the concentration 

of that monomer in the formulation was increased 

then the human toxicity potential could become an 

impact of concern. 

 

To further assist in understanding the potential issue 

of adjustments to a formulation, Table 2 shows some 

of the environmental impact categories for a 

selection of monomers (mass of 1 kg) from the 

Ecoinvent database (European averages). The data 

within this table shows that some monomers can 

have greater environmental impacts than other 

monomers by a factor of ten. 

 

 

5 Concluding Remarks 

 

In order to understand the environmental impacts of 

the thermosetting resin systems manufactured by 

Scott Bader Company Ltd. an environmental life 

cycle assessment was conducted.  This assessment 

focused on the manufacture of a urethane 

methacrylate resin system from the Crestapol® 

range and compared this with a developmental resin, 

which uses vegetable oils as a functional 

replacement for a proportion of the petrochemical 

feedstock.   

 

A model for the manufacture of this resin system 

was created using GaBi software with data on the 

cradle-to-gate impacts of raw material production 

sourced from the Ecoinvent database.  

 

The results from this model showed that the three 

environmental impact categories of interest were 

photochemical ozone creation potential, acidification 

potential and global warming potential.  The results 

also illustrated that the on-site input within these 

environmental impact categories was less than 0.2 % 

of the impact for all impact categories.  This is not to 

say that improvements to the production and on-site 

phases cannot be made. 

 

Unusually, a full break down of the processing stage 

was considered: whilst the “reactor” stage will not 

be the same for all thermosetting polymers it is 

noted that this is a worthwhile exercise to undertake, 

and enables a manufactuerr to target particular areas 

of their operation in order to improve efficiency and 

decrease harmful emissions.  These are particularly 

associated with the energy usage and its form on site. 

 

As a consequence of the analysis, it has been 

demonstrated that significant improvements to the 

environmental impacts of resin systems can be made 

through the choice of particular monomers and the 

choice of suppliers with access to more energy 

efficient and environmentally benign processes and 

less carbon intensive energy mixes.   
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Fig.1. Normalised environmental impacts for the 

resin production of Crestapol commercial resin to 

CML 2001 – Nov. 09, EU25+3 (6 ton batch) 

 
Table 1. Quantitative energy input and GWP for the 

Crestapol 1212 compared with an unsaturated polyester 

and epoxy resin systems 

Resin Type 

Energy Input  

(MJ kg
-1

 of 

resin) 

GWP  

(kg CO2 kg
-1

 

of resin) 

Crestapol ® 

Unsaturated Polyester 

Epoxy  

117 

128 

139 

5.7 

7.6 

6.7 
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Table 2. Environmental impacts for a selection of monomers from the Eco-invent LCA database  

(the highest environmental impact within category marked in red) 

Monomer (1 kg) 

Global Warming 

Potential 

(kg CO2 equiv.) 

per kg of 

monomer 

Acidification 

Potential  

(kg SO2 equiv.) 

per kg of 

monomer 

Human Toxicity 

Potential 

(kg DCB equiv.) 

per kg of 

monomer 

Photochem. 

Ozone Creation 

Potential 

(kg Ethene 

equiv.) per kg of 

monomer 

Adipic Acid 

Terephthalic Acid 

Acrylic Acid 

25.50 

 1.85 

 2.88 

0.023 

0.006 

0.005 

11.02 

 0.67 

 0.27 

0.0041 

0.0011 

0.0010 

Diethylene Glycol 

Ethylene Glycol 

Propylene Glycol 

 1.11 

 1.62 

 4.24 

0.004 

0.005 

0.017 

 0.43 

 0.64 

13.54 

0.0008 

0.0011 

0.0031 

Styrene 

Methyl Methacrylate 

 3.23 

 6.67  

0.010 

0.034 

 0.35 

 0.31 

0.0018 

0.0062 
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Abstract 

 

This paper details the validation through 

experimental investigation of a novel variable load 

concept capable of improving energy absorbing 

structures. Quasi-static crush testing was conducted 

with pressurised carbon-fibre/epoxy specimens 

representative of elements in an energy absorbing 

structure. The results show that the crushing force 

can be controlled and so that pressurised composite 

elements can be fully expended under a range of 

crash scenarios. The research also demonstrates that 

an adaptive energy absorber can be designed using 

pressurised composite tubes in which the initial 

internal pressure and the release speed of internally 

compressed air are controlled.  

 

1. Introduction 

 

In aerospace industries, the crashworthiness 

performance of rotorcraft structures is very 

important to the occupants. The main objective of 

designing crashworthy aerospace structures is to 

absorb maximum energy with minimum weight, 

while lowering the peak loads transmitted to 

occupants to be within human tolerance. Metallic 

thin-walled structures with different cross-sections 

have been used since 1970s [1-3]. In recent years, 

there has been considerable interest in use of 

composite materials for the crashworthiness, driven 

mainly by the increasing use of these materials for 

the primary structure of aerospace industry. In 

addition, the laminated composite structures can 

offer vast potential for optimally tailoring a design 

to the applied loading, which in turn results in an 

energy absorbing structure with increased strength 

and stiffness compared to the traditional metallic 

constructions. Therefore, intensive work has been 

carried out to examine the energy absorption 

performance and failure mechanism of open and 

closed sections made out of composite materials [4-

11]. 

One of the concepts used to improve the 

performance of energy absorbing structures is to 

achieve adaptive energy absorption. For example, a 

MR damper was tested by Crzegorz and Holnicki 

[12] as an adaptive impact absorber for helicopter 

landing gear. Although controllable resistant force 

can be achieved in this kind of damper, it can only 

work at low velocity and there are still many 

unsolved issues for their application under impact 

loadings. In a second example, Abosbaia et al. [10] 

investigated the energy absorption of segmented 

composite tubes, which consisted of three types of 

fibre reinforcement types, under quasi-static 

compressive loading. This segmentation concept 

integrated into composite crush tubes has shown the 

potential of variable load behaviour in different 

crush stages during the test, but the crush force 

efficiency (defined as steady state crushing stress 

over peak crushing force) was very poor with these 

tests. The tested concept showed a change in 

segmentation sequence affects the crush loads 

significantly and some segmented tubes failed with 

early buckling and catastrophic failure. The crush 

tubes without triggering mechanisms led to the crush 

progressing from both sides of the energy absorber. 

The design would therefore be incapable of reacting 

in a controlled manner as a crashworthiness 

structure. The segmented composite tubes 

investigated by Abosbaia et al.[10] are therefore less 

efficient than the integrated radius triggering 

mechanisms reported in this paper. 

The current work in this paper forms part of the 

Cooperative Research Centre for Advanced 

Composite Structures (CRC-ACS) project “Systems 

for Crashworthiness”.  As part of this project, a 

novel variable load concept to improve the 

performance of the energy absorption of a crushing 

composite element was developed for helicopter 

crashworthiness applications. This variable load 

concept will be presented with details in the next 

section. The primary aims of the experimental test 

program reported in this paper were to investigate 
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the effect of triggering radius size on the energy 

absorption capabilities of circular cross section tubes 

and evaluate pressurised composite tubes in order to 

prove the variable load concept. Both quasi-static (5 

mm/min) and high speed (900 mm/min) tests were 

conducted and the influence on the energy 

absorption and crushing were investigated. As an 

outcome of this work, a crushing system which is 

capable for pressurised composites testing was 

developed. 

Failure by progressive crushing differs from 

catastrophic failure modes in that it offers the most 

effective and efficient mode of energy absorption 

and,  in general, circular-section tubes provide the 

optimum geometrical form [13]. Therefore, circular 

shape tubes have been widely used in the 

investigation of crashworthiness structures [4, 5, 7, 

10, 14-16]. A limited amount of work using 

composite materials has been reported by Thornton 

[11, 17] for square section tubes. In the current 

research, circular-section tubes will be selected for 

the investigation because it is easier to seal a circular 

section to maintain internal pressure. 

 

2. Variable load concept  

A novel variable load concept was developed and 

coupled with a device developed in this work, which 

can be used to optimally absorb energy during a 

vehicle crash event, minimising the harm to 

occupants by applying the ideal deceleration for the 

specific crash speed. 

 

Typically energy absorbers expend crash energy by 

crushing at a constant load over a variable stroke 

(crushing distance). The deceleration of the 

occupants is therefore constant regardless of the 

crash velocity. The result is under-utilisation of the 

crushing stroke if the crash speed is too low; leading 

to inefficient material usage and occupants 

experiencing unnecessarily high deceleration. 

Alternatively, if the crash speed is too high, the 

crushing stroke is exhausted and the tube “bottoms 

out”, leading to very high peak loads experienced by 

the occupants, as indicated in Fig. 1a. 

With this variable load concept, the energy absorber 

is designed to crush with a variable load and 

constant stroke. In this case the occupant never 

experiences unduly high decelerations because the 

energy absorber stroke is always optimally utilised, 

regardless of the crash scenario. The result is 

minimisation of peak forces experienced by the 

occupants and the lowest possible risk of injury or 

death, as shown in Fig. 1b. In addition, if a variable 

load energy absorber is used under the seat, crushing 

can also be adjusted based on the occupant mass. 

This can solve the issue that lower mass occupant 

experience higher accelerations for a constant force 

energy absorber. 

Two loading types have been included in this 

investigation. The first type is to optimise the tube 

design for a particular mass and impact velocity, 

whereas, the second type allows a controllable 

crushing force to achieve an adaptable crushing 

element that can be fully expended under a range of 

accident scenarios.  
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R
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Fig. 1. Load-displacement curves for an energy absorber (a) passive design (b) with variable crushing 

load
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3. Experimental testing 

3.1  Specimen description 

Axi-symmetric cylindrical tubes have been preferred 

by researchers to carry out experimental work on the 

energy absorption of composite materials because 

they are easy to fabricate and also close to the 

geometry of the actual crashworthy structures [18]. 

Beside this, circular cross section composite tubes 

were selected in this work, because it is easier to seal 

the compressed air inside the device than for other 

closed section energy absorbing structures, such as 

square shape cross section tubes. The noncircular 

sections can experience leakage from the corners 

and the pressurisation can cause stress 

concentrations located at the corners. 

 

Composite tubes were initially manufactured by 

wrapping a woven thermoplastic prepreg material 

onto a mandrel with a pure 0
o
/90

o
 lay-up and then 

cured in an autoclave according to the 

manufacturer’s specification. The prepreg material 

that was used is ‘SKY FLEX WSN-3K”, a plain-

weave fabric that features carbon fibre material and 

epoxy resin, see Table 2. The specimens were then 

cut into the geometry shown in Fig. 2. The 

composite tube is 120.0 mm in length, wall 

thickness (t) 1 mm with inner diameter (D) 38.2 mm. 

A 70
o
 chamfer was machined into one end of each 

specimen.  

In order to achieve a large range of force in the 

profiles in Fig. 1b, the first step is to achieve 

crushing behaviour as low as possible for the low 

impact energy case. Though the Specific Energy 

Absorption (SEA) increases with decreasing 

diameter (D) of the tube, SEA mainly depends on 

the absolute value of thickness (t), rather than the 

D/t ratio. For a given value of D, SEA increases with 

increasing t up to certain value and it starts to 

decrease above that. Highest specific energy 

absorption capability has been displayed by tubes of 

thickness in the range of 2-3mm[19]. To achieve a 

low force, the lowest thickness of tubes is preferred 

while avoiding buckling failure. Gupta et al. [20] 

reported that the catastrophic failure and global 

buckling of axially crushed composite circular cross 

section tubes can be avoided by maintaining the D/t 

ratio between 15 and 40. Thus the wall thickness of 

crushing element has been carefully selected to be 1 

mm with D/t ratio approximately 38. Note that a 

triggering mechanism is also used to ensure the 

lower impact energy profile. 

 

Table 1 

Test matrix. 

 

 

 
 

Fig. 2. Crush composite tubes. 

Specimen Designation
Quasi-static

/High speed

Internal

pressure

No. of 

specimens

Tubes straight trigger mechanism

S0-T1-0 QS 0 3

S0-T1-9 QS 9 3

S0-T1-18 QS 18 3

D0-T1-0 HS 0 3

D0-T1-9 HS 9 3

D0-T1-18 HS 18 3

Tubes with 6 mm trigger mechanism

S6-T1-0 QS 0 3

S6-T1-9 QS 9 3

S6-T1-18 QS 18 3

D6-T1-0 HS 0 3

D6-T1-9 HS 9 3

D6-T1-18 HS 18 3

Chamfer 
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Table 2 

Properties of composite materials.  

 

 
 

3.2 Test rig and experiment setup 

A crushing test system has been developed, as 

shown in Fig. 3, to conduct both quasi-static and 

high speed experiments. To overcome the sealing 

problem, a special plug impactor and crushing base 

have been designed with a triggering mechanism and 

sealing zone, which can initiate the composite tube 

into progressive crushing mode and also 

simultaneously seal the air inside the tube during the 

crushing process. Double O-rings are chosen for 

sealing on both top and bottom plug-in tools to 

ensure a good seal and balance the friction between 

the composite tube and the plugs. A lower friction 

force from crushing at the top may lead to initiation 

of crushing of the tube from the top instead of from 

the triggering mechanism. The base includes three 

channels. These are a releasing outlet, an air inlet 

and another channel connected to a pressure 

transducer with maximum range at 50 bar. The base 

can be used to fill compressed air into the system 

through a hand pump as shown in Error! Reference 

source not found. and also controls the pressure 

relieved during the test. The inlet valve is a one-way 

valve and thus it can prevent air from flowing out of 

the system. The release valve also works as a safety 

valve to avoid the internal pressure rising too high. 

3.3 Test method 

Quasi-static testing is less expensive than high speed 

dynamic testing and the investigation under quasi-

static conditions can provide good qualitative 

assessment as to the operation of the crushing 

system. The test results can be used to prove the 

variable load concept demonstrated in Fig. 1. 

 

Quasi-static testing was therefore conducted in an 

Instron 8805 universal 250 kN machine at 5 

mm/min. As dynamic/impact testing will be 

conducted in future, the secondary aim of current 

study is to gain a better understanding of the 

crushing characteristics of the new energy absorbing 

system being investigated. Higher crushing speed 

crushing was also performed at 900 mm/min, which 

is as the maximum test speed can be achieved with 

the available test machine. 

During this test program, the composite tubes were 

pre-pressurised and loaded in compression. For each 

configuration of the triggering mechanism, three 

different constant pressure levels were maintained 

by using the relief valve. In this work, the pressure 

levels used were 9 bar and 18 bar and the results 

were compared with the tubes crushed without any 

pressurisation. Each of the tubes was crushed to 45 

mm stroke length to investigate the energy absorbing 

behaviour and the variable load concept was 

validated from these results.  

 

 

 

 
Fig. 3. Experiment set-up.

Tensile

(MPa)

Compressive

(MPa)

Shear

(Mpa)

Exel Woven Fabric Carbon/epoxy prepreg 1500 0.24 800 750 80

Manufacturer Architecture Material
Density

(kg/m
3
)

Ply thickness

(mm)

Material strength

2 mm radius

Inlet valve

Composite Tube
Ø  = 38.2 mm
t = 1 mm

Hand pump

Release valve

Crush top

Moving 
crosshead
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4. Results and discussion 
 

 

The specific energy absorption of pressurised 

composite tubes was investigated under two 

crushing rates, quasi-static (5 mm/min) and high 

speed (900 mm/min). Internal pressure was 

monitored during the tests to identify any possible 

leakage. The results show that the double O-ring 

sealing system is capable of sealing compressed air 

dynamically inside the composite tubes. Typical 

pressure profiles are presented for quasi-static and 

high speed tests in Fig. 4. Note that the relative 

pressure is reported in this study, which means the 

ambient pressure is at 0 bar.  The release valve is 

functioning with a spring, thus there is limitation of 

the sensitivity and accuracy of the device. The 

valve was set with certain tolerance at a lower level 

than the desired pressure before each test. The 

pressure initially built up with the specimen stroke 

around 2.0 mm and it began to stabilise after the 

desired pressure level was reached. Note that there 

is a pressure overshoot in Fig. 4 (R) for the 18 bar 

high speed test. This is due to the fact that the 

inertial force from the mass of the spring prevented 

the valve from opening quickly enough when the 

internal pressure increased rapidly. Therefore, a low 

inertia diaphragm pressure regulator is being 

considered for future higher speed impact tests. 

A wide range of steady state crushing force is 

required to achieve the most effective crashing 

system with variable load concept in a crash 

scenario. The lower level of Steady State Crush 

Force (SSCF) can be achieved by introducing a 

relatively large trigger radius with a thin composite 

tube. The minimum SSCF has been found in this 

test program at 3.1 kN with a composite tube tested 

quasi-statically on the 6 mm triggering mechanism 

without pressurisation. The upper level of SSCF 

absorbing high impact energy is achievable by 

increasing the internal pressure of the specimen. A 

significant increment of energy absorption has been 

observed in the specimens crushed at 18 bar 

pressurisation on a 6 mm triggering mechanism, 

with 60% and 55% improvements, respectively for 

quasi-static and high speed tests, when compared to 

those tests without pressurisation. In order to 

determine theoretically the upper SSCF level, a 

simple calculation was performed. Woven fabric 

lay-up was used for the composite tube, thus the 

tensile strength is used in Eq. 1 for strength in the 

hoop direction.  

 

 

 

 
Fig. 4. Pressure behaviour during the tests: (L) quasi-static, (R) high speed. 
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Fig. 5. Load displacement curves at different pressurisation levels with 6 mm trigger mechanism: (L) 

quasi-static, (R) high speed. 

 

The maximum internal pressure   can be calculated 

at 41.9 MPa (419 Bar) by substituting the thickness 

  and the radius   of the tube. With this calculated 

theoretical high pressure applied to the system, the 

overall upper SSCF level is able to be increased up 

to 48.0 kN which is 15.5 times of the tubes crushed 

without pressurisation on a 6 mm triggering 

mechanism and 3.93 times of the tubes even 

crushed on a straight triggering mechanism. Since 

only compressed air is added to the energy 

absorber, it indicates the potential that crashworthy 

performance can be improved significantly without 

introducing any weight penalty.          

 

 

 

The experiment results illustrated in Fig. 5 indicate 

that it is feasible to design a crushing element with 

the variable load concept demonstrated in Fig. 1(b). 

The results presented in this work also indicate the 

current crushing system has the capability of 

carrying in-service flight loads with suitable 

pressurisation applied. 

In general, the SSCF and specific energy absorption 

for the specimens tested under high speed condition 

were higher than the same configuration tested 

under the quasi-static tests. Interestingly, the 

average energy absorption for the specimens tested 

in high speed range is higher than the same 

configuration tested under the quasi-static 

condition, but the improvement/range of each set of 

high speed test is lower. The ranges of SSCF for a 

composite tubes crushed on the straight triggering 

mechanism were from 12.2 kN to 14.8 kN and 

13.3kN to 15.8 kN respectively for the quasi-static 

and high speed tests. The improvements are 23% 

for the quasi-static test, whereas 16% for the high 

speed test. For the composite tubes tested on a 6.0 

mm triggering mechanism, the improvements are 

60% and 55% respectively for quasi-static and high 

speed tests.  

5. Conclusion 

 

An experimental investigation using energy 

absorbing pressurised composite tubes has been 

reported. In order to overcome the drawback of 

existing constant or fixed load energy absorbing 

systems, a novel variable load concept has been 

introduced. A crushing system based on a variable 

and controllable crushing load was designed and 

tested to verify the feasibility of the concept. The 

constant internal pressure was maintained during 

crushing without leakage. As expected, the 

specimens with 18 bar pressurisation showed the 

highest crushing load and best specific energy 

absorption performance. A 60% enhancement in the 

energy absorption capacity was realised compared 

with an unpressurised tube. The current study 

indicates a variable load range from 23% 

(experimentally) to 15.5 times (theoretically) of the 

baseline for a fixed load energy absorber is 

achievable. The concept and the results illustrate 

that an adaptable composite crushing element can 

be designed that will be fully expended under a 

range of impact scenarios. This means that the 

forces transmitted to the occupants can be 

minimized subject to achieving the required energy 

       
  

 
 (1) 
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absorption, thus significantly improving 

survivability. 

Future work will focus on impact testing based on 

the current concept and the development of 

practical energy absorbing structures which can 

automatically set the variable load to absorb the 

vehicle’s kinetic energy under crash loading 

conditions. This will involve the development of 

suitable crushing system with a quick response 

pressure regulator, which is capable of releasing the 

compressed air rapidly under realistic impact 

loading. With further development, an adaptive 

energy absorbing sub-floor structure could become 

an important component in the crash management 

system of the next generation of aerospace 

platforms.  
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1 General Introduction  
Polymer composites reinforced by short fiber, such 
as glass fiber and carbon fiber, are widely used in 
automotive industry in place of a number of metallic 
components owing to lightweight, process-ability, 
low-cost and ability to tailor their properties for 
different applications. In general, high fiber loadings 
are employed to impart great strength and stiffness 
to the composites. This, however, results in reduced 
impact resistance of these materials, thus limit their 
use to only non- or low-impact applications. 
Elastomers/soft polymers have been used as 
additives to improve the impact resistance of short 
fiber reinforced polymer composites. The soft 
elastomeric phases present in the composite matrix 
act as impact absorbers to substantially increase the 
impact resistance of the material. However, gain in 
impact resistance normally compromises other 
properties such as strength, stiffness, chemical 
resistance or thermal characteristics [1]. Being soft, 
the incorporated elastomers/soft polymers may lead 
to significant reduction in composite strength and 
stiffness. Therefore, it is desirable to develop a novel 
approach to improve the impact resistance of short 
fiber reinforced polymer composites without 
comprise other property. 
Natural sourced clay has gained much attention to 
reinforce polymers in both academic and industrial 
areas, due to their enhanced properties such as 
physical, mechanical, barrier and anti-flammable 
properties [2]. Recently, we have developed a 
‘‘slurry-compounding’’ approach for epoxy/clay 
composite preparation [3,4]. The most significant 
feature of the new technique is that at little amount 
(<3 wt%) of modified clay, obvious enhancement on 
both the modulus and toughness of epoxy are 
achieved simultaneously.  
In this study, clay prepared by modified “slurry-
compounding” approach is employed to fabricate 

polymer/fiber/clay ternary composite with excellent 
comprehensive mechanical property, especially 
impact resistance.  
 

2 Experiments 

2.1 Clay modification 
5.5 g of dry clay powder is dispersed and swelled 
in 150 ml of deionised (DI) water for a few hours 
under stirring. 0.2 ml of acetic acid is then added 
to the suspension, after which the suspension is 
stirred for another 30 mins, sonicated for 30 mins 
in an ultrasonic water-bath and stirred again for 
12 hrs. The aqueous clay suspension is then 
homogenized by a high-speed shear homogenizer 
for 15 mins, poured into 700 ml of acetone under 
homogenization, and further homogenized again 
for 5 mins. Next, the resulting acetone/water clay 
suspension is filtered and the gelatinous clay 
residue is redispersed in 700 ml of acetone. The 
acetone-clay suspension is then homogenized 
again for 5 mins and filtered. The final gelatinous 
clay residue obtained is redispersed in 400 ml of 
acetone to which 0.26 ml of (3-
glycidyloxypropyl)trimethoxy silane is added. 
This suspension is then stirred for 12 hrs at room 
temperature, sonicated for 30 mins in an 
ultrasonic water-bath and stirred again for 24 hrs 
at 53 oC. Following that, excess acetone is 
removed from the acetone-clay suspension by 
stirring the suspension at 73 oC until 200 g of clay 
suspension is obtained. 90 g of DI water is then 
added to the suspension, which is left to stir again 
for 2 hr. After that, a solution containing 3.96 g of 
epoxy in 10 g of acetone is added to the 
aqueous/acetone clay suspension. The suspension 
is then homogenized for 1 hr. Next, acetone and 
water are removed from the homogenized 
suspension by rotary evaporation until 100 ml of 
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aqueous clay suspension remains. This 
suspension is frozen at -20 oC for 24 hrs, and then 
at -80 oC for another 24 hrs. The frozen clay 
suspension is freeze-dried for 3 days. The solid 
residue obtained is then further dried in a vacuum 
oven at 60 oC for a few days. 
 
2.2 Melt-compounding of modified clay with 
Polyamide 6 and glass fibre  
Polyamide/glass-fiber/clay ternary composite 
with the desired filler loading is fabricated by 
melt-compounding a fixed amount of dried 
exfoliated surface-modified clay powder with 
polyamide/glass-fiber composite pellets in a twin-
screw extruder. The resulting polyamide/glass-
fiber/clay ternary composite material is then 
chopped into pellets for subsequent processing 
and use. As an example, polyamide/glass-fiber 
composite and polyamide/glass-fiber/clay ternary 
composites containing 2, 3, 4 and 5 % of clay by 
weight, hereby named PGCE, PGCE2, PGCE3, 
PGCE4 and PGCE5 respectively, were prepared 
via melt-compounding in a twin-screw extruder 
(L/D = 25; D = 16mm) (Eurolab 16 Twin Screw 
Extruder, Thermo Scientific) at a screw speed of 
200 rpm. The screws consisted of 2 mixing zones 
with 12 compounding elements in each zone. The 
temperatures employed along the barrel during 
extrusion from the inlet to the die were 250, 250, 
250, 255, 255 and 255 oC. The extruded 
composites were air-cooled and pelletized. 
Composite films were prepared from the extruded 
pellets of each sample by hot-pressing them at 
220 oC for 10 mins under a pressure of 60 bars 
using a laboratory press (P 200E, Dr Collin 
GmbH). The following characterization studies 
were done on the above samples and the results 
obtained are discussed in the following section. 
 
2.3 Mechanical testing and characterization  
Tensile testing of composites obtained was 
conducted on the standard tensile test bars at a 
crosshead speed of 2 mm/min using a 10 kN load 
cell in a Instron Universal Tester 5569. 3-Point 
bending (flexural) testing of composites obtained 
was conducted on the standard rectangular test 
bars at a crosshead speed of 13.65 mm/min using 
a 10 kN load cell in a Instron Universal Tester 
5569. Izod impact testing was conducted on the 

standard single-edge notch impact test bars in a 
Zwick Roell Pendulum impact testor HIT25P. 

Composite pellets were dried overnight at 80 
°C in a vacuum oven and injection molded into 
tensile, flexural and impact test bars using an 
injection molding machine (Haake Mini Jet II, 
Thermo Scientific). Temperature of the cylinder 
was set at 280 °C and the composite melts were 
injected at 600 bars in 20 s into a 120 °C mold 
and a post injection pressure of 300 bars was 
maintained for 10 s.  

TEM observation of thin sections of the 
composites was performed with a JEOL 2100 
TEM under an acceleration voltage of 200 kV. 
Thin sections with thickness of about 50 nm of 
the composite film were cut from the prepared 
composite test bars under cryogenic conditions 
using a Leica ultramicrotome equipped with a 
diamond knife. SEM image of the cross-section 
of composite test bars was examined using a field 
emission scanning electron microscope (SEM, 
JEOL JSM-6700F).   

Composite sheets were prepared from the 
extruded pellets of each polyamide reinforced with 
modified clay and glass fibre binary filler by hot-
pressing at 220 °C for 10 mins under a pressure of 
60 bars using a laboratory press (P 200E, Dr Collin 
GmbH). Hot-pressed composite sheets were 
mounted onto a sample holder with double-sided 
sticky tape prior to XRD analysis. Diffraction angle 
(2θ) of each sample was measured from 2.5 to 30 ° 
using a X-ray diffractometer (D8 GADDS XRD, 
Bruker) at 40 kV and 40 mA with Cu-Kα radiation 
as the X-ray source and data acquisition time of 
10mins per sample. 
 

3 Results and discussion  

3.1 Fabrication of polyamide/glass-fiber/clay 
ternary composites  

The polyamide/glass-fibre/clay ternary composite 
with excellent comprehensive mechanical properties 
is prepared with novel clay nanofiller that is 
fabricated from pristine montmorillonite (MMT) 
through surface modification and intercalation. 
During preparing, MMT clay sheets are chemically 
modified with silane and interstitial gaps between 
clay sheets are filled up with epoxy resin, resulting 
in producing a surface-modified intercalated clay 
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nanopowder according to our previous study [3]. 
Subsequent melt-compounding the obtained 
nanopowder with polyamide/glass-fibre composite 
pellets in a twin-screw extruder can produce 
polyamide/glass-fibre/clay ternary composite. The 
interfacial interaction of polyamide/glass-fibre and 
polyamide/clay are both improved by epoxy resin, at 
the other side, the clay sheets are further intercalated 
by polyamide 

Pristine MMT clay is hydrophilic and can be 
dispersed into water to form a stable suspension 
under homogenization, in which clay is dispersed as 
isolated sheets or small domains consisting of a few 
sheets. A slightly acidic adjustment of the 
suspension by adding drops of acetic acid can help 
to disperse and stabilize the clay sheets. This stable 
dispersion state of clay in water can be transferred to 
clay/acetone slurry through exchanging water with 
acetone, and the exchanging process includes 
pouring the water suspension into acetone followed 
by homogenizing for a while, filtering off the mixed 
water/acetone solvent followed by washing with 
acetone, and re-dispersing the obtained slurry into 
acetone under homogenization for a while. To 
improve the interfacial interaction between clay 
sheets and polyamide, glycidoxy functional group is 
introduced onto the surface of clay sheets by adding 
(3-glycidoxypropyl)trimethoxysilane into the 
obtained clay/acetone slurry and stirring at room 
temperature for 3 to 24 hours. Excess amount of 
acetone is removed by mild heating the slurry under 
stirring and water is added again under 
homogenization in order to disperse and swell the 
silane-modified clay sheets. Subsequently, epoxy 
resin in acetone is further added in the 
clay/acetone/water slurry under stirring and 
homogenizing, followed by rotary evaporation to 
remove most acetone and generate clay/epoxy/water 
slurry. The epoxy resin molecules can gradually 
penetrate into the inter-layer gaps of clay sheets and 
be retained inside during the evaporating of acetone. 
As water existing in the clay slurry, the clay sheets 
intercalated by epoxy resin remain swelled 
morphology and the clay suspension is frozen and 
freeze-dried for 3 days. The solid residue obtained is 
then further dried in a vacuum oven at 60°C. Such 
surface-modified clay could also be achieved 
through spray-drying. 

Polyamide/glass-fibre composite pellets are 
completely dried in vacuum oven at 80°C overnight 
before compounding with modified clay powder. 
Polyamide/glass-fiber/clay ternary composite with 
the desired filler loading is fabricated by melt-
compounding a fixed weight ratio of dried modified 
clay powder to dried polyamide/glass-fiber 
composite pellets in a twin-screw extruder. The 
content of clay in ternary composite can be 
controlled by adjusting the feeding rate ratio of 
polyamide/glass-fiber pellets and clay that are fed at 
different feeding ports. Alternatively, clay of desired 
amount can be pre-mixed with polyamide/glass-fibre 
pellets and fed together. Both methods are equally 
effective and applicable based on our experiments. 
As reported, twin-screw extruder with stronger 
mixing effect is more suitable to obtain 
nanocomposite with excellent mechanical properties 
due to better disperse of nanofillers in polymer 
matrix. However, glass-fibre will be shortened 
further as using such melt-compounding situation, 
leading to significant decrease of mechanical 
performance. Therefore, a good balance between 
disperse of nanoclay and retain of length of glass-
fibre is critical. In this invention, a Eurolab 16 Twin 
Screw Extruder (Thermo Scientific) with L/D = 25 
and D = 16 mm, screws consisting 3 mixing zones is 
used to produce all composites as mentioned above. 
At high temperatures during melt-compounding, the 
glycidyl group on silane and epoxy molecules will 
react with the –NH2 or –COOH groups on 
polyamide to form chemical bonds. The resulting 
ternary composite contains well-dispersed clay 
platelets that are uniformly and randomly distributed 
among, and chemically bound to, the polymer matrix 
as well as the glass fibers. Glass fibers and clay 
platelets impart high strength and modulus to the 
ternary composite while uniform distribution, large 
interfacial area, strong interfacial interaction and 
chemical adhesion between clay platelets and 
composite matrix as well as chemical bonding 
among clay platelets confer high impact resistance 
by impeding the propagation of cracks through the 
material. This ternary composite material can then 
be processed into articles using conventional 
thermoplastic processing and manufacturing 
technology. 
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3.2 Mechanical property evaluation of ternary 
composites 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
To evaluate the mechanical properties of ternary 
composites, standard tensile test, 3-point bending 
test and single-edge Izod impact test are conducted 
following ASTM procedures. Significant increase of 
Young’s modulus, tensile strength, tensile ductility 
(elongation at break) and strain energy absorbed at 
failure can be observed. The increment of above 
properties can reach as high as 31, 24, 26 and 39% at 
clay content of 3 wt%, respectively. In terms of 

flexural modulus, a maximum increase of 12.4% can 
also be found. Unlike most reported work, the 
addition of modified clay in the polyamide/glass-
fibre composite doesn’t result in a typical drop in 
impact resistance of composite. In contrast, the 
ternary composites show a unique increase of impact 
strength up to 30% at clay of 2 wt% compared to 
neat polyamide/glass-fibre composite without clay. 
 

 
 
 
 
 
 

3.3 Morphology study of ternary composites 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

a b 

c d 

Fig. 3. SEM images of cross-section of test bars of 
glass fibre-reinforced polyamide 6 (a and b) and 
polyamide 6/glass-fiber/clay composites (c and d, 
clay: 3 wt%, glass fibre: 15 wt%). Highlighted area 
by blue circle (in Fig. 3d) demonstrates residual 
partial bonding between polyamide 6 and glass 
fibre after tension failure. 
 
 
 

Young’s Modulus 

Tensile Stress 

Strain Energy 

Fig 1. Tensile properties of Polyamide 6/glass-
fiber/clay ternary composite at different clay 
content. 
 

Fig. 2. Flexural properties of Polyamide 
6/glass-fiber/clay trnary composite at 
different clay content 
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SEM images of the cross section of broken tensile 
specimen bar of composites demonstrate the 
different polyamide/glass-fibre interfacial interaction 
as shown in Fig. 3. While a smooth glass fiber 
surface is observed with polyamide/glass-fiber 
composites, a thick polyamide layer is wrapped at 
the surface of glass fibre in polyamide/glass-
fiber/clay composites, indicating significant increase 
of interfacial interaction between polyamide and 
glass fibre in the presence of modified clay. The 
uniform clay distribution as well as intercalated 
structure of clay sheets in polyamide/glass-fiber/clay 
composites is confirmed by observing cross 
sectioned composites using TEM as shown in Fig. 4. 
 
 
 
 
 
 
 
 
 
 

 

4 Conclusions 

Simultaneous reinforcing and toughening effect can 
be realized by melt compounding a few percent of 
specifically modified clay into polyamide/glass-fibre 
composite. Glass fibers and clay platelets impart 
high strength and modulus to the ternary composite 
due to their strong interfacial bonding to polyamide 
matrix as shown in SEM study. Uniform distribution 
of clay and strong interfacial interaction between 
clay platelets and composite matrix as well as 
chemical bonding among clay platelets confer high 
impact resistance by impeding the propagation of 
cracks through the material. This modified clay 
could be employed to reinforce natural 
fiber/polypropylene composite also. 
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1 Introduction  

Composite sandwich structures are commonly used 
in the construction of high performance marine 
vessels. The high speed and variable operating 
environment for these vessels leads to large 
magnitude impacts with the water surface. These 
impacts, referred to as slamming, result in localised 
pressure pulses that travel across the hull panels. 
Water slam testing of composite sandwich panels 
has shown significant transverse shear forces occur 
at the panel edges, which can lead to core shear 
failure [1]. The maximum transverse shear forces 
occur at junctions between the hull and structural 
members such as bulkheads, stringers and girders. 
Configurations where the supporting member is 
perpendicular to the hull panel are commonly 
described as “T-joints”. 
 
The aim of this work was to investigate the stress 
and strain fields in the core of glass-fibre/epoxy 
skin, polymeric foam core sandwich panels at T-
joint junctions. A series of transverse loading tests 
were conducted on a T-joint beam specimen. The 
core strain field was measured through digital image 
correlation (DIC). A finite element model was 
validated using the results from experimental testing.  
The strain distribution in five alternative joint 
configurations was then investigated using the finite 
element model: 

1. Standard T-joint with no joint detail 
2. T-joint with 20mm fillet radius 
3. T-joint with 20mm fillet radius and 3 x 0.5mm 
over-laminates  
4. T-joint with 20mm x 20mm triangular foam 
fillets and 3 x 0.5mm over-laminates  
5. T-joint with trapezoidal foam pad and 3 x 
0.5mm over-laminates 

Previous research on T-joint junctions in marine 
craft is relatively limited and has been typically 
based on using three point bending tests or 
simulations to approximate the effects of uniform 
pressure loads. A numerical and experimental study 
of five joint geometries for composite sandwich T-
joints was undertaken by Shenoi and Violette [2]. 
Their investigation assumed that the hull of the 
vessel was undergoing a slam and that an assumed 
uniformly distributed load is transferred to the 
bulkheads via the joint. It was also assumed that the 
vessel’s internal structure provided sufficient enough 
stiffness that the bulkhead was rigid and 
symmetrically loaded. The study primarily 
considered failure load, stiffness, strength to weight 
ratio and strength to cost ratio, with the best 
performing design being based on a foam pad under 
the bulkhead. A fillet radius joint was ultimately 
selected as the most efficient when the failure load 
as well as material costs and ease of manufacture 
were considered. The study concluded that more 
extensive testing should be conducted and the 
number of variables should be increased to enable a 
better understanding of the joint behaviour. 
 
Shenoi and Hawkins [3] extended the work from [2] 
with further experimentation and numerical 
modelling. It was concluded that the behaviour of 
joints are strongly dependent on the geometry and 
the material, with the principal geometrical factors 
being the size of the fillet radius and the thickness of 
the over-laminate. Other important factors included 
the choice of the over-laminating resin as well as the 
joint strength in relation to stiffness. It was noted 
that a stiffer joint does not always lead to a stronger 
joint. With regard to the numerical modelling, it was 
also stated that the models were extremely sensitive 
to material properties, particularly the elastic 
properties of the laminated skin. Their work also 
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attempted to define the efficiency of the joint as – 
the ability to withstand a large load and deflection 
with the lowest internal stresses as possible. It 
concluded that a large flexible resin fillet with 
minimal over-laminate was the most efficient type of 
joint, however they also stated that the over-laminate 
must be strong enough to withstand tensile 
membrane loads. 
 
In 1998, Shenoi and Phillips [6] analysed damage 
and failure modes of laminated T-joints, citing that 
the over-laminate was most likely to suffer damage 
during three point bending. More specifically, the 
surface of the curved region of the over-laminate 
was most susceptible, and this was supported by an 
energy based damage model and experimental 
testing. Further work since then has been done by a 
variety of people, mostly investigating damage 
mechanics and comparisons with finite element 
models. 

2 Experimental Testing 

A series of three point flexural tests were conducted 
on a simple T-joint configuration as shown in Fig. 1.  

 
Fig. 1: Specimen details 

 
The test specimen was sandwich construction of 
glass fibre-reinforced skins and a foam core with 
nominal dimensions of 450 mm x 60 mm. The skins 
had an average thickness of 1.7 mm and the total 
sandwich thickness was an average of 22.8 mm. A 
bulkhead section of identical construction was glued 
perpendicular to the centre of the beam. The core of 
the hull and bulkhead was Gurit M130, a marine 
grade closed cell foam with a nominal density of 130 
kg/m3. The skins consisted of two layers of EB825 
biaxial E-glass mat and were infused with Prime 
20LV epoxy resin. Four 120Ω 6 mm gauge length 
resistance strain gauges were attached to the upper 
skin, two either side of the bulkhead section, located 
5 mm and 25 mm from the face of the bulkhead. An 
in-house digital image correlation (DIC) system was 
used to measure the strain field of the foam core. 

A vertical load was applied to the upper edge of the 
bulkhead and different support conditions were used 
on two rigid lower supports. The span was varied by 
moving the left support towards the bulkhead at 25 
mm increments, simulating an approaching pressure 
pulse created by a water slam moving transversely 
across the hull panel (Fig. 2). 

 

 
Fig. 2: Test rig configuration for 3 point bending 

 

3 Finite Element Modelling 

Finite element analysis was conducted using the 
Abaqus/CAE implicit solver. The planar, linear-
elastic model included the skins, core, support bars 
and load platen.  
 
Figs. 3 to 6 show the geometry for each of the 
models, and Figs. 7 and 8 a typical finite element 
mesh. A greater mesh density was used 50 mm 
either side of the specimen centerline. The minimum 
number of elements was determined by conducting a 
mesh convergence study so that the results were 
within 0.1%.  
 
The supports under the beam were constrained in 
rotation and displacement (ux=uy=0 and uR=0). The 
load platen was constrained to only allow vertical 
displacement with a 500 N force applied to the top 
of the bulkhead. Surface to surface contact was 
specified between the support pads and the lower 
surface of the hull panel, as well as between the load 
platen and the top of the bulkhead. A penalty contact 
interaction property was assigned to all contacts. 
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Fig. 3: Geometry of standard T-joint 
 

 
 

Fig. 4: Geometry with 20mm fillet radius 
 

 
Fig. 5: Geometry with 20mm fillet radius and over-

laminates 
 

 
 

Fig. 6: Geometry with 20x20mm triangular foam 
fillet and over-laminates 

 
 

 
 
Fig. 7. FEA Mesh for T-joint with 20mm fillet radius and 

3 x 0.5mm over-laminates 
 

 
Fig. 8. Details of FEA Mesh for T-joint with 20mm fillet 

radius 
 
The bulkhead, hull skin and over laminates were 
defined as orthotropic with E1 = E2 = 17.83 GPa, E3 = 
6.0 GPa, G12 = G13 = G23 = 3.44 and ν12 = ν13 = ν23 = 
0.3. The fillet resin was defined as isotropic with E = 
3.0 GPa and ν = 0.35, and the core was also 
isotropic with E = 0.176 GPa and ν = 0.3. These 
material properties are based on existing 
experimental characterization of the constituent 
materials. 
 

4 Results and Discussion 

4.1 Correlation with Experimental Results 
 
Figs. 9 and 10 present typical shear strain fields 
from the experimental and FEA results respectively 
with the left support point at 150, 50 and 25 mm 
from the bulkhead. The shear strain contours show 
good qualitative correlation. As the left support 
moves towards the bulkhead, the region of high 
shear strain becomes more localised and moves 
closer to the bulkhead. 
 
Figs. 11 and 12 show the transverse shear strains in 
the core just below the top skin for the cases when 
the left loading point is at 50 mm and 25 mm 
respectively from the bulkhead.  The strain 
distribution is very similar for the predicted and 
measured cases, although there are some differences 
in peak magnitudes. These may be due to differences 
between the actual material properties and those 
used in the models. 
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Fig. 9. DIC measured shear strain fields. Left load 
point at 150mm top, 50mm middle, 25mm bottom. 

 
Fig. 11. Predicted and measured shear strain in 

upper core with left load point at 50mm 

 
Fig. 10. FEA predicted shear strain fields. Left load 
point at 150mm top, 50mm middle, 25mm bottom. 

 
Fig. 12. Predicted and measured shear strain in 

upper core with left load point at 25mm 
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5  

STRESS AND STRAIN FIELDS IN SANDWICH T-JOINTS SUBJECTED 
TO SIMULATED SLAMMING LOADS 

 

 

 
Fig. 13. DIC measured compressive through-

thickness strain fields. Left load point at 150mm top, 
50mm middle, 25mm bottom. 

 
Figs. 13 and 14 present typical compressive strain 
fields from the experimental and FEA results 
respectively for different positions of the left support 
point, showing good qualitative correlation. There is 
some asymmetry of the strain fields for the 150mm 
experimental case (top of Fig. 13), which may be 
due to minor misalignment or dimensional variations 
in the test specimen. As the left support moves 
towards the bulkhead, the region of high 
compressive strain shifts to the left hand side of the 
bulkhead.  
 
The results also demonstrate that the through 
thickness compressive strains can be of similar 
magnitude to the shear strains, with the maximum 
shear strain in the 25 mm position case being 
approximately 0.8%, compared to approximately 
0.5% in compression. 

 

 

 
Fig. 14. FEA predicted compressive through-

thickness strain fields. Left load point at 150mm top, 
50mm middle, 25mm bottom. 

 
 

Figs. 15 and 16 show the through-thickness 
compressive strains in the upper core just below the 
top skin for the cases when the left loading point is 
at 50 mm and 25 mm respectively from the 
bulkhead. The strain distribution is similar for the 
predicted and measured cases, although there are 
differences in peak magnitudes, which may be due 
to minor misalignment or dimensional variations in 
the test specimen. 
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Fig. 15. Predicted and measured compressive strain 

in upper core with left load point at 50mm 
 

 
Fig. 16. Predicted and measured compressive strain 

in upper core with left load point at 25mm 
 
 
 

4.2 Effect of Different Joint Designs on Stress 
Fields 
 
Figs. 17 to 21 present the predicted compressive and 
shear stress contours for the alternative joint 
configurations for the intermediate case of R1=50 
mm and R2=150 mm. Fig. 17 shows that for the 
standard T-joint, the maximum compressive stresses 
in the core occur below the left bulkhead skin and 
above the support as expected. There is also a broad 
region of high shear stress between the left support 
and the bulkhead. 
 
Fig. 18 shows that the use of a resin fillet radius at 
the bulkhead-hull interface moves the location of the 
peak compressive and shear stresses at the top of the 
core away from the bulkhead, and substantially 
reduces the localised stress below the bulkhead skin. 
The region of high shear stress is also decreased 
compared to the standard joint. 
 
The addition of over-laminates (Fig. 19) further 
reduces the localised compressive stresses as well as 
reducing the maximum shear stress and moving it 
further away from the bulkhead. There is a slight 
increase in the stress in the right bulkhead skin.  
 
The use of foam fillets (Fig. 20) increases the 
localised compressive stresses in the core compared 
to the resin based fillet, however the stresses are still 
approximately half of that experienced using 
standard T-joint. This is due to the discontinuous 
edges of the laminate created over the fillet joint 
compared to the smooth nature of a resin fillet. 
 
The use of a foam pad between the end of the 
bulkhead and the hull panel (Fig. 21) shows that 
there is an increase in compressive stress through the 
joint and up the bulkhead, with peak magnitudes 
equivalent to that in the hull core. The shear stress 
magnitude and contours are similar to those of the 
foam fillet joint, however this approach is likely to 
require substantially more labour-hours than the 
previous joint designs. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
Fig. 17. Predicted compressive stress (left) and shear stress (right) for standard T-Joint (R1=50mm) 

 
Fig. 18. Predicted compressive stress (left) and shear stress (right) for T-Joint with 20mm radius (R1=50mm) 

 
Fig. 19. Predicted compressive stress (left) and shear stress (right) for T-Joint with 20mm radius and over-

laminates (R1=50mm) 

 
Fig. 20. Predicted compressive stress (left) and shear stress (right) for T-Joint with foam fillets and over-

laminates (R1=50mm) 

 
Fig. 21. Predicted compressive stress (left) and shear stress (right) for T-Joint with foam pad and over-laminates 

(R1=50mm)

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#"$% &'()*+,%-*,.%$/00%123*45%
$%&# '(&# )*# +# ,&(-.# *-//&0# ,+1-'(# +0# 0%&# 2'/3%&+1# %'//# -.0&,*+4&# %+(# 5)6&1# 0%&# /)4+0-).# )*# 0%&# 7&+3#

4)57,&((-6&#+.1#(%&+,#(0,&((&(#+0#0%&#0)7#)*#0%&#4),&#+8+9#*,)5#0%&#2'/3%&+1#%)8&6&,#1-1#.)0#%+6&#

5'4%#&**&40#).# 0%&-,#5+:.-0'1&;# #<)57+,&1# 0)# 0%&#(0+.1+,1#$=>)-.0?# 0%&#4)57,&((-6&#(0,&((#4).0)',#

%+(#5)6&1#&-0%&,# (-1&#)*# 0%&#2'/3%&+1#29#+#1-(0+.4&#+77,)@-5+0&/9#&A'+/# 0)# 0%+0#)*# 0%&#(-B&#)*# 0%&#

,+1-'(;#$%&#(%&+,#(0,&((&(#5)6&1#+77,)@-5+0&/9#%+/*#)*#0%+0#1-(0+.4&#*,)5#0%&#),-:-.+/#/)4+0-).#*),#0%&#

(0+.1+,1#$=(&40-).?#+0#CD55#-.#0%&#(955&0,-4+/#/)+1-.:#4+(&;#

#

#
E)6-.:# 0%&# ('77),0# 0)8+,1(# 0%&# 2'/3%&+1# -.# F-:',&# GH# %+(# 1-(0,-2'0&1# 0%&# 4)57,&((-6&# (0,&((# +.1#

('2(0+.0-+//9# ,&1'4&1# 0%&# /)4+/-(&1# (0,&((# 2&/)8# 0%&# 2'/3%&+1# (3-.# +(# -.# 0%&# (0+.1+,1# $=>)-.0;# $%&#

(0,&((#2&08&&.# 0%&# 08)#4).0)',(#%+(#+/()# -.4,&+(&1#5+,:-.+//9# -.# 0%&#%'//;#$%&#+,&+#)6&,#8%-4%# 0%&#

7&+3#(%&+,#(0,&((#-(#)7&,+0-.:#%+(#+/()#('2(0+.0-+//9#1&4,&+(&1#4)57+,&1#0)#0%&#(0+.1+,1#>)-.0;#I.#+//#

4+(&(#0%&#,&(-.#*-//&0#-(#+2(),2-.:#+#/+,:&,#7),0-).#)*#0%&#(%&+,#+.1#4)57,&((-6&#/)+1;#

#

#
J-0%#('77),0#+0#-0(#4/)(&(0#7)-.0#KF-:',&#G"L#0%&#/)4+/-(&1#4)57,&((-6&#(0,&((#2&/)8#0%&#2'/3%&+1#(3-.#

%+(#,&1'4&1#+.1#0%&#/)+1#%+(#2&&.#1-(7&,(&1#-.0)#0%&#,+1-'(;##M)4+/-(&1#4).0)',(#%+6&#+77&+,&1#+0#

0%&#'77&,#+.1#/)8&,#4),&#%)8&6&,#0%&9#+,&#4)57+,+0-6&/9#(5+//# -.#5+:.-0'1&;#$%&#(%&+,#(0,&((#%+(#

(-:.-*-4+.0/9#,&1'4&1#-.#0%&#%'//#4),&#+.1#.)#/)4+/-(&1#(0,&((&(#)44',#-.#0%&#'77&,#4),&;##

#

#
6*7489%:;<%=)0>8955*?9%5,8955@% AA%BC9D,E%2+3%5.928%5,8955@% FA%B8*7.,E%G%=#%G%1HI$!00@%1$IH!/00%

6*7489%:#<%=)0>8955*?9%5,8955@% AA%BC9D,E%2+3%5.928%5,8955@% FA%B8*7.,E%G%=!%G%1HI!/00@%1$IH!/00%

6*7489%:!<%=)0>8955*?9%5,8955@% AA%BC9D,E%2+3%5.928%5,8955@% FA%B8*7.,E%G%=H%G%1HIH!/00@%1$IH!/00%

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#"$% &'()*+,-.%/,+0%1233%456,78%5.6%9:);<53,.5+)8%

$%%&'()*#&+,()+-./#-+%.0#12.3#-4.#3.0()#5(&&.-#()6730#+//(-(1)+&#8.(*4-#+)/#&+9173#610-0:#418.2.3#-4(0#(0#

0-(&&# 61)0(/.3./# 3.+01)+9&'# .55(6(.)-;# # <1,%+3./# -1# -4.# 0-+)/+3/# =>?1()-:# -4.# +//(-(1)# 15# -4.# -+%.0#

573-4.3#3./76.0#-4.#&16+&(0./#61,%3.00(2.#0-3.00.0:#+)/#+&01#,12.0#-4.#04.+3#0-3.00.0#17-#573-4.3#-1#+#

/(0-+)6.#15#+%%31@(,+-.&'#.A7+&#-1#-4+-#15#-4.#3+/(70;#

%

#

=4.# /.2.&1%,.)-# 15# 0-3.00# 61)-1730# ()# -4.# 97&B4.+/# ()# -4.# 0',,.-3(6+&# &1+/()*# 6+0.# ()# C(*73.# D"#

07**.0-0# &1+/# -3+)05.3# -4317*4# -4.# 97&B4.+/E# 418.2.3# -4.0.# 0790(/.# 513# +)# +0',,.-3(6+&# &1+/()*#

61)/(-(1)#+0#()#C(*73.#DF;#=4.#61,%3.00(2.#+)/#04.+3#0-3.00#,+*)(-7/.0#3./76.#573-4.3#+0#-4.#&1+/#(0#

-3+)05.33./#-4317*4#-4.#+//(-(1)+&#&+,()+-./#-+%.0;#

#

#
<1,%+3./# -1# -4.# 0-+)/+3/# ?1()-:# -4.# 0-3.00.0#+3.# 573-4.3# /(0-3(97-./# -4317*417-# -4.#47&&# 613.# +0# -4.#

07%%13-# %+00.0# 7)/.3).+-4# -4.# 3+/(70# +)/# -18+3/0# -4.# 97&B4.+/# ()# C(*73.# GH;#I13.# 0-3.00# (0# +&01#

2(0(9&.#()#-4.#3(*4-#97&B4.+/#0B()#84(64#8+0#)1-#0..)#()#-4.#0-+)/+3/#?1()-;#

#
#

#

#

=,>7;)%!2?%@-3A;)88,:)%8+;)88B% CC%D<)E+F%5.6%80)5;%8+;)88B% GC%D;,>0+F%H%@#%H%4IJ1!33B%41JI!233

=,>7;)%KL?%@-3A;)88,:)%8+;)88B% CC%D<)E+F%5.6%80)5;%8+;)88B% GC%D;,>0+F%H%@!%H%4IJ!233B%41JI!233%

=,>7;)%KM?%@-3A;)88,:)%8+;)88B% CC%D<)E+F%5.6%80)5;%8+;)88B% GC%D;,>0+F%H%@I%H%4IJI!233B%41JI!233%

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#"$% &'()*+,-.%/,+0%1-23%1,44)+5%2.6%78)9423,.2+)5%
$%&#'(&#)*# +,-./0'1.,# *).2#*-11&+(#3-+%#.44-+-)/.1# 1.2-/.+&4# +.5&(#.(#./#.1+&,/.+-6&# +)#.#,&(-/#),# *-11&,#

,.4-'(#*-11&+#-(#.1()#,&1.+-6&17#8)22)/#5,.8+-8&#-/#9).+#9'-14-/0#./4#4&(-0/:#$%&#1)0-8#)*#'(-/0#+%&#*).2#

*-11&+#-(#2'8%#+%&#(.2&#.(#+%&#'(&#)*#.#*).2#8),&#-/#.#(./43-8%#5./&1;#-/#+%.+#-+(#5,-2.,7#*'/8+-)/#-(#+)#

<&&5# +%&# 1).4# 8.,,7-/0#2&4-'2(#.5.,+# ./4# (5,&.4# +%&#.,&.#)6&,#3%-8%# +%&# 1).4# -(# 8.,,-&4:#=',51'(#

*).2#)**# 8'+(#.,&#)*+&/#.9'/4./+#4',-/0# +%&#8)/(+,'8+-)/#5,)8&((#./4# +%&#'(&#)*# +%&(&#.(# *-11&+(# *),#

9'1<%&.4#>)-/+(#-/(+&.4#)*#5)172&,-8#,&(-/(#),#*-11&,(#8./#,&4'8&#2.+&,-.1#8)(+(:#

#

#
?(# -/#@-0',&#AB;# +%&# -/+,)4'8+-)/#)*# *).2# *-11&+(# -/8,&.(&(# +%&# 1)8.1-(&4# 8)25,&((-6&# (+,&((&(# -/# +%&#

8),&#8)25.,&4#+)# +%&#,&(-/#9.(&4#*-11&+;#%)3&6&,# -(#(+-11#.55,)C-2.+&17#%.1*#)*# +%.+#&C5&,-&/8&4#'(-/0#

(+./4.,4# $D>)-/+:# $%-(# -(# 4'&# +)# +%&# 4-(8)/+-/')'(# &40&(# )*# +%&# 1.2-/.+&# 8,&.+&4# )6&,# +%&# *-11&+# >)-/#

8)25.,&4#+)#+%&#(2))+%#/.+',&#)*#.#,&(-/#*-11&+:##

#

#
E)25.,&4#+)#,&(-/#*-11&+;# +%&#2.C-2'2#(+,&((&(#4&8,&.(&#+%,)'0%)'+#+%&#8),&#.(#+%&#('55),+#2)6&(#

.8,)((;#%)3&6&,#+%&,&#-(#.#(2.11#-/8,&.(&#-/#+%&#01)9.1#(+,&((#8.'(&4#97#+%&#4-(+,-9'+-)/#+%,)'0%)'+#+%&#

(+,'8+',&:#

#

#
1,:;9)%!<=%>-3?9)55,8)%5+9)55@% AA%B4)C+D%2.6%50)29%5+9)55@% EA%B9,:0+D%F%>#%F%GHIJ!33@%GJIH!K33

1,:;9)%!J=%>-3?9)55,8)%5+9)55@% AA%B4)C+D%2.6%50)29%5+9)55@% EA%B9,:0+D%F%>#%F%GHI!K33@%GJIH!K33

1,:;9)%!H=%>-3?9)55,8)%5+9)55@% AA%B4)C+D%2.6%50)29%5+9)55@% EA%B9,:0+D%F%>H%F%GHIH!K33@%GJIH!K33

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#"!$ %&'()*+,-$.+*/$0,12$314$1-4$56(7812+-1*(9$

$%&#'(&#)*#+#*)+,#-+.#/&01&&2#0%&#&2.#)*#0%&#/'34%&+.#+2.#0%&#%'33#-+2&3#5(#+2)0%&6#,&0%).#0%+0#%+(#

/&&2#'(&.7#80#6&9'56&(#('/(0+205+33:#,)6&#3+/)'6#+2.#(&0#'-#05,&#0%+2#0%&#-6&;5)'(#<)520#.&(5=2(#.'&#0)#

0%&#*)6,52=#)*#0%&#(%+-&7#80#%+(#/&&2#52;&(05=+0&.#%&6&#/+(&.#)2#0%&#>)2>&-0#0%+0#0%&#(05**2&((#)*#0%&#

6))0#)*#0%&#<)520#52%&6&203:#52>6&+(&(#0%&#>),-6&((5;&#+2.#(%&+6#(06&((#+(#0%&#('--)60#,);&(#0)1+6.(#

0%&#/'34%&+.7##

#

#
80# >+2#/&# (&&2# 52# ?5='6&# @!# 0%+0# 0%&6&# 5(# 35003&# >%+2=&# 52# 0%&# (:,,&065># 3)+.# >+(&7#A)1&;&6# +(# 0%&#

('--)60#,);&(#0)1+6.(#0%&#/'34%&+.#0%&6&#5(#+2#52>6&+(&#52#>),-6&((5;&#(06&((#0%6)'=%#0%&#<)520#+2.#

'-#0%&#/'34%&+.B#150%#-&+4#,+=250'.&(#&9'5;+3&20#0)#0%+0#52#0%&#%'33#>)6&7#$%&#(%&+6#(06&((#,+=250'.&#

+2.#>)20)'6(#+--&+6#0)#/&#+3,)(0#5.&205>+3#>),-+6&.#0)#0%&#*)+,#*533&0#<)5207#

#

#
C%+0# 0%5(# 0&(052=# >)2*5='6+05)2# .)&(# 2)0# 0+4&# 520)# +>>)'20# 5(# 0%&# (06&2=0%# )*# 0%&# <)520# 0)# 6&(5(0# 0%&#

6)0+05)2#+0#%5=%#3)+.52=#6+0&(B#-+605>'3+63:#1%&2#0%&6&#5(#+2#+(()>5+0&.#%'33#.&+.65(&#+2=3&#)6#1%&2#+#

*3+0#/)00),&.#%'33#('6*+>&#5,-+>0#150%#0%&#1+0&6#5(#2)0#-+6+33&37##

#

#
#

0+:;7($!#<$=,2>7(99+6($9*7(99?$ @@$A8(B*C$1-4$9/(17$9*7(99?$ D@$A7+:/*C$E$=#$E$FGHI!22?$FIHG!J22

0+:;7($!!<$=,2>7(99+6($9*7(99?$ @@$A8(B*C$1-4$9/(17$9*7(99?$ D@$A7+:/*C$E$=!$E$FGH!J22?$FIHG!J22

0+:;7($!K<$=,2>7(99+6($9*7(99?$ LL$A8(B*C$1-4$9/(17$9*7(99?$ ML$A7+:/*C$E$=G$E$FGHG!J22?$FIHG!J22

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'&()$*+),)'($-'.+/0&0$12$3&22)4)'($51&'($3)0&6'0$

!"#"7$ 8(.'9.49$:;51&'($<$=1$51&'($3)(.&+$

$%#%&&'#('#)(*+#*+&#%*,-('#./'*/0,%#1&2/)#2/.-2(%&3#./45,&%%(6&#%*,&%%&%#+-6&#3&6&2/5&3#0'3&,'&-*+#

*+&# %7('%# /8# *+&# 1027+&-3# */# -55,/9(4-*&2:# ;<=# /8# *+&# ./45,&%%(6&# %*,&'>*+# /8# *+&# ./,&?# -'3# *+&#

4-@/,(*:#/8#*+&#%*,&%%#(%#*,-'%8&,,&3#('*/#*+&#+022#5-'&2#%7('%A#B+&#4-9(404#%+&-,#%*,&%%&%#-2%/#/..0,#

('#*+&#2/)&,#1027+&-3#%7('%#-'3#('#*+&#055&,#+022#%7('#+/)&6&,#(*#.-'#1&#%&&'#*+-*#*+&#%+&-,#%*,&%%&%#

-,&#1&('>#.-,,(&3#1:#*+&#+022#./,&A##

#

$%# *+&#%055/,*#4/6&%# */# */)-,3%# */# *+&#.&'*,&#/8# *+&#1&-4# ('#-%# ('#C(>0,&#D!?# *+&#%*,&%%#./'*/0,%#

3&6&2/5&3# -,&# -24/%*# (3&'*(.-2# */# *+/%&# 5,/30.&3# ('# *+&# %*,-('# 52/*%A# B+&# 4-9(404# ./45,&%%(6&#

%*,&%%&%#('#*+&#./,&#/..0,#1&2/)#*+&#2&8*#1027+&-3#%7('#-'3#-1/6&#*+&#%055/,*#-%#&95&.*&3A#E*#.-'#-2%/#

1&#%&&'#*+-*#*+&#,(>+*#1027+&-3#%7('#%*-,*('>#*/#.-,,:#2&%%#./45,&%%(6&#2/-3#*/#-#%(4(2-,#4->'(*03&#*/#

*+-*#/8#*+&#./,&A#B+&#%+&-,#%*,&%%#+-%#,&30.&3#/'#*+&#%(3&#/8#*+&#1&-4#)(*+#%(>'(8(.-'*#%+&-,#%*,&%%&%#

3&6&2/5('>#-*#DF#3&>,&&%#1&*)&&'#*+&#1027+&-3#-'3#*+&#2&8*#%055/,*A#

#

#
$%#)(*+#*+&#%+&-,#%*,-('%?#*+&#%+&-,#%*,&%%#,&30.&%#-*#*+&#./,&#.&'*,&?#('.,&-%&%#-*#*+&#+022#%7('G./,&#

('*&,8-.&#-'3# (%#5,&3/4('-'*2:# *,-'%8&,,&3# ('*/# *+&#055&,#+022#%7('#-'3# 2/)&,#./,'&,#/8# *+&#1027+&-3#

%7('A#

#
%&6>4)$??@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A#$<$I7JK!,,D$IKJ7!L,,

%&6>4)$?M@$A1,B4)00&C)$0(4)00D$ //$E+)2(F$.'9$0G).4$0(4)00D$ H/$E4&6G(F$<$A!$<$I7J!L,,D$IKJ7!L,,$

%&6>4)$?K@$A1,B4)00&C)$0(4)00D$ NN$E+)2(F$.'9$0G).4$0(4)00D$ ON$E4&6G(F$<$A7$<$I7J7!L,,D$IKJ7!L,,

ICCM19 3673



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

4.3 Comparison of Maximum Stress for Different 
Joint Designs 
 
The contours plotted in the previous sections provide 
an overview of the local loading effects of a moving 
point load for various T-joint designs. In order to 
adequately make comparisons between the 
performance of the alternative joint configurations 
the peak stresses have been plotted in Figs. 22 to 24 
as a function of the position of the localised load 
relative to the bulkhead. During analysis of the 
results, the shear and compressive stresses were 
extracted along the hull panel (x-x direction) at the 
upper, lower and centre of the core. Although the 
through thickness stress distributions are complex 
around the joint root, the maximum shear stress 
exhibited within the beam follows a similar trends at 
the upper, centre and lower portions of the core. The 
stresses are generally higher in the region of the core 
just below the upper skin. The following plots show 
the maximum shear stress that occurs in the upper 
core at any position along the beam section relative 
to the location of the left support. 
 
Fig. 22 shows that the inclusion of a resin fillet 
radius decreases the maximum transverse shear 
stress by approximately 9%. With the addition of an 
over-laminate the total reduction in maximum shear 
stress in the upper core is 21%. The three designs 
with over-laminates have almost identical maximum 
shear stresses, with the use of a foam pad reducing 
the peak by only an additional 1%. 

 
Fig. 22. Maximum shear stress in the upper core 

 
When the support is at 25mm from the bulkhead 
centreline, the 20mm radius with over-laminates has 
the lowest transverse shear stress, however this is 
much lower than the critical maximum shear stress. 

In this region the foam fillet design is similar to the 
two designs that have no over-laminates. The other 
significant trend is that the reduction of the 
maximum stress also results in a location shift of the 
peak which was also seen in the contour stress plots; 
however this can be attributed to the geometrical 
properties of the joint rather than adding any 
significant strength.  
 
The simulations and experiments demonstrated that 
as a load approaches the region where a rigid 
member exists (such as a bulkhead) a substantial 
amount of compressive stress develops in the upper 
region of the core. This is typically of similar 
magnitude to that of the shear stress, such as in the 
case of the standard T-joint where the maximum 
compressive stress is 43% higher than the maximum 
shear stress. Although the maximum shear stress is 
typically located some distance away from the 
bulkhead, the compressive stress continues to 
increase as the load approaches it. Furthermore, 
when the load is close to the bulkhead, the 
compressive stress is three to four times larger than 
the shear stress at the same location.  
 
For these reasons, the compressive stress component 
must also be considered in addition to that of the 
shear stress. Fig. 23 shows that the compressive 
stress increases at the centre of the core for all joint 
designs as the support approaches the bulkhead. The 
standard T-joint has significantly higher 
compressive stresses than the other designs due to 
the larger stiffness of the skins compared to the 
foam. The maximum compressive stress in the core 
using the foam pad joint is 25% lower than the best 
performing alternative. 

 
Fig. 23. Maximum compressive stress in the upper 

core 

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#$ %&'()*+,&-$&.$/)0+'1'$23*4,,$&.$5&+-3$64,+7-,$
$%&#'()*(+,-#./(**&0#1)#*%&#.,&21(+-#-&'*1()-#.,(210&#3)#+)0&,-*3)01)4#1)*(#*%&#/('3/#/(301)4#&55&'*-#(5#

3#6(21)4#.(1)*#/(30#5(,#23,1(+-#$78(1)*#0&-14)-9#:)#(,0&,#*(#30&;+3*&/<#63=&#'(6.3,1-()-#>&*?&&)#*%&#

.&,5(,63)'&#3)0#3../1'3>/<# (5# ()&#0&-14)#(2&,# 3)(*%&,@# *%&# .&3=# -*,&--&-#%32&#>&&)#./(**&0#3-#3#

5+)'*1()#(5#*%&#.(-1*1()#(5#*%&#/('3/1-&0#/(30#,&/3*12&#*(#*%&#>+/=%&309#

A/*%(+4%#1)#.,1)'1./&#*%&#-%&3,#-*,&--#1-#(5*&)#'()-10&,&0#'()-*3)*#*%,(+4%#3#>&36#-&'*1()@#*%1-#1-#)(*#

*%&#'3-&#?%&)#3001*1()3/#'(6.()&)*-#3)0#-*,+'*+,&-#3,&#300&0#*(#1*9#:)#53'*@#*%&#1)*&,3'*1()#?1*%#(*%&,#

,1410#6&6>&,-#',&3*&-#3#%14%/<#)()7/1)&3,# *%,(+4%7*%1'=)&--# -*,&--#01-*,1>+*1()9#B(,# *%1-# ,&3-()@# *%&#

63C16+6#-*,&--&-#?1*%1)#*%&#%+//#'(,&#%32&#>&&)#./(**&0#5(,#+..&,#3)0#/(?&,#-&'*1()-#(5#*%&#'(,&#3-#

?&//#3-#1*-#'&)*,&9##

$%&#5(//(?1)4#./(*-#-%(?#*%&#63C16+6#-*,&--#*%3*#(''+,-#3*#3)<?%&,&#3/()4#*%&#>&36#-&'*1()#,&/3*12&#

*(# *%&# /('3*1()# (5# *%&#6(21)4# ,1410# -+..(,*9# B(,# &C36./&@# 1)# B14+,&# DE@# *%&#63C16+6# -*,&--# 1)# *%&#

-*3)03,0#$78(1)*#>&36#?%&)#*%&#-+..(,*#1-#()/<#DF66#5,(6#*%&#'&)*,&#1-#F9GG#HI3#3)0#3*#JD66#1*#1-#

F9G"#HI39##

!"#"8$ /)0+'1'$294)*$23*4,,:$ ;<$

A/*%(+4%# *%&# *%,(+4%# *%1'=)&--# -*,&--# 01-*,1>+*1()# 1-# )()7/1)&3,# 3,(+)0# *%&# 8(1)*# ,((*@# *%&#63C16+6#

-%&3,# -*,&--#&C%1>1*&0#?1*%1)# *%&#>&36# 5(//(?-#3# 2&,<# -161/3,# *,&)0-#3*# *%&#+..&,@# '&)*,&#3)0# /(?&,#

.(,*1()-#(5#*%&#'(,&9##

#
=+71*4$!#>$/)0+'1'$,94)*$,3*4,,$+-$394$1((4*$?&*4:$ ;<$

A-# -&&)# 1)# *%&# 5(//(?1)4# 514+,&-# *%&# 1)'/+-1()# (5# 3# ,301+-# 0&',&3-&-# *%&# .&3=# -%&3,# -*,&--# ><#

3..,(C163*&/<#KL@#3)0#*%&#3001*1()#(5#3)#(2&,/361)3*&#*%&#*(*3/#,&0+'*1()#1)#63C16+6#-%&3,#-*,&--#1)#

*%&#+..&,#'(,&#1-#J"L9#$%&#*%,&&#0&-14)-#?1*%#(2&,/361)3*&-#%32&#3/6(-*# 10&)*1'3/#63C16+6#-%&3,@#

?1*%#*%&#+-&#(5#3#5(36#.30#,&0+'1)4#*%&#.&3=#><#()/<#3)#3001*1()3/#"L9##

M%&)#*%&#-+..(,*#1-#3*#JD66#5,(6#*%&#>+/=%&30#'&)*,&/1)&@#*%&#JF66#,301+-#?1*%#(2&,/361)3*&-#%3-#

*%&#/(?&-*#-%&3,#-*,&--@#%(?&2&,#*%1-#1-#53,#>&/(?#*%&#.&3=#-%&3,#?%1'%#1-#*%&#',1*1'3/#5&3*+,&9#:)#*%1-#

,&41()#*%&#5(36#51//&*#0&-14)#1-#()#.3,#?1*%#*%&#*?(#0&-14)-#*%3*#%32&#)(#(2&,/361)3*&-#3*#3//9#$%&#(*%&,#

6(-*#-14)151'3)*#*,&)0#1-#*%3*#*%&#,&0+'*1()#(5#3#.&3=#-*,&--#3/-(#,&-+/*-#1)#3#/('3*1()#-%15*#(5#*%&#.&3=#

F9FFF

F9FDF

F9"FF

F9"DF

F9JFF

F9JDF

F9GFF

F9GDF

F9!FF

FJDDFED"FF"JD"DF"ED

23
*4
,,
:$

@/
A)
B

C&?)3+&-$&.$'&D+-7$,1((&*3$.*&'$E4)'$?4-3*4F+-4:$0$@''B

JF66#N301+-

JF66#N301+-#?1*%#OP

Q(#N301+-

B(36#I30#?1*%#OP

B(36#B1//&*#?1*%#OP

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#"$% &'()*+*%,-*./011)20%34/0115% 66%

$%&'()#%*&+,-.%/*#/0#.1,#-/*./'2#+)/.&#02/3#.1,#0%*%.,#,),3,*.#3/4,)#(*4#,5+,2%3,*.#1(&#&1/6*#.1(.#(&#

(#)/(4#(++2/(-1,&#.1,#2,7%/*#61,2,#(#2%7%4#3,38,2#,5%&.&#9&'-1#(&#(#8'):1,(4;#(#&'8&.(*.%()#(3/'*.#

/0# -/3+2,&&%<,# &.2,&&# 4,<,)/+&# %*# .1,# '++,2# 2,7%/*# /0# .1,# -/2,# /0# &%3%)(2#3(7*%.'4,# ./# .1(.# /0# .1,#

&1,(2#&.2,&&=#>*#0(-.?#0/2#.1,#&.(*4(24#@AB/%*.?#.1,#3(5%3'3#-/3+2,&&%<,#&.2,&&#%&#!"C#1%71,2#.1(*#.1,#

3(5%3'3#&1,(2#&.2,&&=#

#D).1/'71#.1,#&1,(2#&.2,&&#+,(:&#(.#&/3,#)/-(.%/*#(6(E#02/3#.1,#8'):1,(4?#(&#&,,*#%*#F%7'2,#GH?#.1,#

-/3+2,&&%<,#&.2,&&#-/*.%*',&#./#%*-2,(&,#(&#.1,#)/(4#(++2/(-1,&#%.=#F'2.1,23/2,?#61,*#.1,#)/(4#%&#(.#

-)/&,#+2/5%3%.E# ./# .1,#8'):1,(4?# .1,#-/3+2,&&%<,#&.2,&&# %&# .12,,# ./# 0/'2# .%3,&# )(27,2# .1(*# .1,#&1,(2#

&.2,&&#(.#.1,#&(3,#)/-(.%/*=#F/2#.1,&,#2,(&/*&?#.1,#-/3+/*,*.#/0#-/3+2,&&%<,#&.2,&&#3'&.#8,#.(:,*#

%*./#(--/'*.#%*#(44%.%/*#./#.1(.#/0#.1,#&1,(2#&.2,&&=##

#
7)8+/0%9:;%&'()*+*%<-*./011)20%14/011%)=%4>0%+..0/%<-/05% 66%

@1,#-/33/*()%.E#8,.6,,*#.1,&,#4,&%7*&#%&#.1,#8'):1,(4#%&# %*#4%2,-.#-/*.(-.#6%.1#.1,#1'))#+(*,)?#(*4#

.1'&#.1,#)(27,2#&.%00*,&&#/0#.1,#&:%*&#-/3+(2,4#./#.1,#0/(3#%*-2,(&,&#.1,#-/3+2,&&%<,#&.2,&&#%*#.1,#1'))#

-/2,=#I/*<,2&,)E?#.1,#3(5%3'3#-/3+2,&&%<,#&.2,&&#%*#.1,#-/2,#'&%*7#.1,#0/(3#+(4#B/%*.#%&#JGC#)/6,2#

.1(*#.1,#8,&.#+,20/23%*7#().,2*(.%<,=#@1%&#%&#4',#./#.1,#0/(3#+(4#(8&/28%*7#.1,#)/(4#(*4#())/6%*7#%.#./#

4,0/23#(&#.1,#&'++/2.#+(&&,&#'*4,2#.1,#8'):1,(4=##

>.#-(*#8,#&,,*#%*#F%7'2,#KL#.1(.#.1,#-/3+2,&&%<,#&.2,&&#()&/#%*-2,(&,&#(.#.1,#-,*.2,#/0#.1,#-/2,#0/2#())#

B/%*.# 4,&%7*&# (&# .1,# &'++/2.# (++2/(-1,&# .1,# 8'):1,(4# 6%.1# .1,# 0/(3# +(4# 4,&%7*# 1(<%*7# .1,# ),(&.#

&.2,&&=#@1,#&.(*4(24# B/%*.# 4,&%7*# 2,&').&# %*# .1,# ),(&.# &.2,&&#/'.# /0# ())# 4,&%7*#(&# %.# 8,0/2,# %.# 2,(-1,&#

8'):1,(4# 1/6,<,2# .1%&# %&# 4',# ./# .1,# )(27,2# &.%00*,&&# /0# .1,# /'.,2# 2,7%/*&# /0# .1,# B/%*.# -('&,4# 8E#

/<,2)(3%*(.,&=##

M=MMM

M=LMM

M=JMM

M="MM

M=!MM

M=GMM

M=KMM

M=HMM

M=NMM

MJGGMHGLMMLJGLGMLHG

34
/0
11
5%

?&
@'
A

B-<'4)-=%-C%*-2)=8%1+..-/4%C/-*%D0'*%<0=4/0E)=05%(%?**A

JM33#O(4%'&

JM33#O(4%'&#6%.1#PQ

R/#O(4%'&

F/(3#S(4#6%.1#PQ

F/(3#F%)),.#6%.1#PQ

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#"$% &'()*+*%,-)./)0'1%23-4556% 7&%

$%#&'%()%%*&#'+#,-*#./*0'1)%#,21#%*(,'1+%#,-*#(13./*%%'0*#4+&#%-*4/#%,/*%%#(13.1+*+,%#15#(1/*#4/*#

*6)4778# %'9+'5'(4+,# '+# %4+&2'(-# %,/)(,)/*%:# ;)/,-*/31/*<# *0*+# ,-1)9-# ',# -4%# +1,# =**+# '+(7)&*&# 51/#

4+478%'%#'+#,-*#/*.1/,<#%,/*%%#'+#,-*#>?@#&'/*(,'1+#A BBC#%-1)7&#47%1#=*#'+(7)&*&<#4%#47,-1)9-#',#'%#%3477<#',#

'%# +1,# '+%'9+'5'(4+,:# D,# '%# ,-*/*51/*# /*4%1+4=7*# ,1# (1+%'&*/#4#%,/*%%#4+478%'%#3*,-1&#2-'(-# ,4E*%# '+,1#

4((1)+,#15#477#15#,-*%*#(13.1+*+,%:#

D+#*+9'+**/'+9<#,-*#(/',*/'4#51/#2-*,-*/#4#34,*/'47#1/#(13.1+*+,#'%#.*/51/34+(*#'%#4((*.,4=7*#'%#2-*+#

'%#&1*%#+1,#54'7#1/#8'*7&:#F-*/*51/*<#',#'%#./4(,'(47#,1#)%*#4#8'*7&#1/#54'7)/*#31&*7#,1#4+478%*#,-*#*55*(,#15#

477#,-/**#%,/*%%#(13.1+*+,%:#F-*#G1+#H'%*%#(/',*/'1+#'%#E+12+#4%#,-*#%,4+&4/&#./'+('.47#%,/*%%#,-*1/8#

51/#,-*#./*&'(,'1+#15#8'*7&'+9#'+#&)(,'7*#34,*/'47%#IJKL<#4+&#4%#,-*#5143#(1/*#'%#/*74,'0*78#&)(,'7*#',#'%#4+#

4../1./'4,*#3*,-1&#51/#%)(-#4+478%'%:##

$%# 2',-# ,-*# ./*0'1)%# (13./*%%'0*# 4+&# %-*4/# %,/*%%# (13.1+*+,%<# ,-*# G1+# H'%*%# %,/*%%# -4%# =**+#

.71,,*&#494'+%,# ,-*# 714&'+9#(1+&','1+#&*,*/3'+*&#=8# ,-*# 71(4,'1+#15# ,-*#/'9'&#%)..1/,:#M)*# ,1# ,-*#+1+#

7'+*4/#,-/1)9-#,-'(E+*%%#%,/*%%#&'%,/'=),'1+#'+#,-*#(1/*<#4+&#,-*#(13./*%%'0*#*55*(,%#15#,-*#/'9'&#%)..1/,#

4%#',#+*4/%#,-*#=)7E-*4&#1+78#,-*#)..*/#/*9'1+#15#,-*#(1/*#-4%#=**+#.71,,*&:##

#
8)9+-4%:$;%&'()*+*%0-)./)0'1%53-455%<7=.%&)545>%).%3?4%+004-%/=-46% 7&%

D,#(4+#=*#%**+#'+#;'9)/*#NO#,-4,#,-*#=*%,#.*/51/3'+9#47,*/+4,*#&*%'9+#A5143#.4&C#'%#PQR#712*/#,-4+#,-*#

%,4+&4/&#FST1'+,:#G*/8#%'3'74/#'+#,*/3%#15#,-*#.*/51/34+(*#4/*#,-*#PU33#/*%'+#5'77*,#4+&#,-*#5143#5'77*,:#

F-*# )%*# 15# T)%,# 4# /*%'+# /4&')%# 5'77*,# 2',-# +1# 10*/743'+4,*%# /*&)(*%# ,-*# 34?'3)3# %,/*%%# =8#

4../1?'34,*78#J"R:#

F-*# 712# (13./*%%'0*# %,/*%%#4%%1('4,*&#2',-# ,-*# 5143#.4&# '+# (71%*#./1?'3',8# ,1# ,-*#=)7E-*4&# '%# 54/#

%).*/'1/# ,1# ,-*# 47,*/4,'0*# T1'+,# &*%'9+%# -12*0*/# 4%# ,-*# .*/51/34+(*# 15# 34,*/'47%# '%# =4%*&# 1+# ,-*'/#

34?'3)3#714&%#,-'%#./1.*/,8#348#=*#(1+%'&*/*&#'//*7*04+,:#V',-#/*94/&#,1#)7,'34,*#.*/51/34+(*#15#,-*#

T1'+,#2',-%,4+&'+9#714&%<#4+8#15#,-*#,-/**#T1'+,#&*%'9+%#2',-#10*/743'+4,*%#21)7&#=*#%)',4=7*:#F-*#)%*#

15#4#5143#.4&#1+78#'+&)(*%#4&&','1+47#(1%,%#4+&#/*6)'/*%#9/*4,*/#74=1)/#-12*0*/#,-*#E+127*&9*#15#',%#

.*/51/34+(*#348#047)4=7*#,1#%.*('5'(#4..7'(4,'1+%#4+&#,-)%#%-1)7&#+1,#=*#'9+1/*&#(13.7*,*78:##

#

U:UUU

U:JUU

U:PUU

U:OUU

U:!UU

U:"UU

U:NUU

U:WUU

U:QUU

UP""UW"JUUJP"J"UJW"

23
-4
55
6%

@&
,'
A

B=/'3)=.%=C%*=D).9%5+00=-3%C-=*%E4'*%/4.3-41).46%(%@*A

PU33#X4&')%

PU33#X4&')%#2',-#YZ

[1#X4&')%

;143#\4&#2',-#YZ

;143#;'77*,#2',-#YZ

!"#$"%&'(()' *+,-.'"/01/2231/0'43562,.' 7+829':;2..'<)=>>?()'

!"#
#

!"#"$% &'()*+*%,-)./)0'1%23-4556% 7&%

$%#&'%()%%*&#'+#,-*#./*0'1)%#,21#%*(,'1+%#,-*#(13./*%%'0*#4+&#%-*4/#%,/*%%#(13.1+*+,%#15#(1/*#4/*#

*6)4778# %'9+'5'(4+,# '+# %4+&2'(-# %,/)(,)/*%:# ;)/,-*/31/*<# *0*+# ,-1)9-# ',# -4%# +1,# =**+# '+(7)&*&# 51/#

4+478%'%#'+#,-*#/*.1/,<#%,/*%%#'+#,-*#>?@#&'/*(,'1+#A BBC#%-1)7&#47%1#=*#'+(7)&*&<#4%#47,-1)9-#',#'%#%3477<#',#

'%# +1,# '+%'9+'5'(4+,:# D,# '%# ,-*/*51/*# /*4%1+4=7*# ,1# (1+%'&*/#4#%,/*%%#4+478%'%#3*,-1&#2-'(-# ,4E*%# '+,1#

4((1)+,#15#477#15#,-*%*#(13.1+*+,%:#

D+#*+9'+**/'+9<#,-*#(/',*/'4#51/#2-*,-*/#4#34,*/'47#1/#(13.1+*+,#'%#.*/51/34+(*#'%#4((*.,4=7*#'%#2-*+#

'%#&1*%#+1,#54'7#1/#8'*7&:#F-*/*51/*<#',#'%#./4(,'(47#,1#)%*#4#8'*7&#1/#54'7)/*#31&*7#,1#4+478%*#,-*#*55*(,#15#

477#,-/**#%,/*%%#(13.1+*+,%:#F-*#G1+#H'%*%#(/',*/'1+#'%#E+12+#4%#,-*#%,4+&4/&#./'+('.47#%,/*%%#,-*1/8#

51/#,-*#./*&'(,'1+#15#8'*7&'+9#'+#&)(,'7*#34,*/'47%#IJKL<#4+&#4%#,-*#5143#(1/*#'%#/*74,'0*78#&)(,'7*#',#'%#4+#

4../1./'4,*#3*,-1&#51/#%)(-#4+478%'%:##

$%# 2',-# ,-*# ./*0'1)%# (13./*%%'0*# 4+&# %-*4/# %,/*%%# (13.1+*+,%<# ,-*# G1+# H'%*%# %,/*%%# -4%# =**+#

.71,,*&#494'+%,# ,-*# 714&'+9#(1+&','1+#&*,*/3'+*&#=8# ,-*# 71(4,'1+#15# ,-*#/'9'&#%)..1/,:#M)*# ,1# ,-*#+1+#

7'+*4/#,-/1)9-#,-'(E+*%%#%,/*%%#&'%,/'=),'1+#'+#,-*#(1/*<#4+&#,-*#(13./*%%'0*#*55*(,%#15#,-*#/'9'&#%)..1/,#

4%#',#+*4/%#,-*#=)7E-*4&#1+78#,-*#)..*/#/*9'1+#15#,-*#(1/*#-4%#=**+#.71,,*&:##

#
8)9+-4%:$;%&'()*+*%0-)./)0'1%53-455%<7=.%&)545>%).%3?4%+004-%/=-46% 7&%

D,#(4+#=*#%**+#'+#;'9)/*#NO#,-4,#,-*#=*%,#.*/51/3'+9#47,*/+4,*#&*%'9+#A5143#.4&C#'%#PQR#712*/#,-4+#,-*#

%,4+&4/&#FST1'+,:#G*/8#%'3'74/#'+#,*/3%#15#,-*#.*/51/34+(*#4/*#,-*#PU33#/*%'+#5'77*,#4+&#,-*#5143#5'77*,:#

F-*# )%*# 15# T)%,# 4# /*%'+# /4&')%# 5'77*,# 2',-# +1# 10*/743'+4,*%# /*&)(*%# ,-*# 34?'3)3# %,/*%%# =8#

4../1?'34,*78#J"R:#

F-*# 712# (13./*%%'0*# %,/*%%#4%%1('4,*&#2',-# ,-*# 5143#.4&# '+# (71%*#./1?'3',8# ,1# ,-*#=)7E-*4&# '%# 54/#

%).*/'1/# ,1# ,-*# 47,*/4,'0*# T1'+,# &*%'9+%# -12*0*/# 4%# ,-*# .*/51/34+(*# 15# 34,*/'47%# '%# =4%*&# 1+# ,-*'/#

34?'3)3#714&%#,-'%#./1.*/,8#348#=*#(1+%'&*/*&#'//*7*04+,:#V',-#/*94/&#,1#)7,'34,*#.*/51/34+(*#15#,-*#

T1'+,#2',-%,4+&'+9#714&%<#4+8#15#,-*#,-/**#T1'+,#&*%'9+%#2',-#10*/743'+4,*%#21)7&#=*#%)',4=7*:#F-*#)%*#

15#4#5143#.4&#1+78#'+&)(*%#4&&','1+47#(1%,%#4+&#/*6)'/*%#9/*4,*/#74=1)/#-12*0*/#,-*#E+127*&9*#15#',%#

.*/51/34+(*#348#047)4=7*#,1#%.*('5'(#4..7'(4,'1+%#4+&#,-)%#%-1)7&#+1,#=*#'9+1/*&#(13.7*,*78:##

#

U:UUU

U:JUU

U:PUU

U:OUU

U:!UU

U:"UU

U:NUU

U:WUU

U:QUU

UP""UW"JUUJP"J"UJW"

23
-4
55
6%

@&
,'
A

B=/'3)=.%=C%*=D).9%5+00=-3%C-=*%E4'*%/4.3-41).46%(%@*A

PU33#X4&')%

PU33#X4&')%#2',-#YZ

[1#X4&')%

;143#\4&#2',-#YZ

;143#;'77*,#2',-#YZ

ICCM19 3674



 

9  

STRESS AND STRAIN FIELDS IN SANDWICH T-JOINTS SUBJECTED 
TO SIMULATED SLAMMING LOADS 

Although it has not been presented due to space 
limitations, the stress in the longitudinal direction 
(σXX) should also be included as although it is small, 
it is not insignificant. One approach is to use the 
Von Mises criterion to calculate the combined effect 
of the principal stresses, which is commonly applied 
to the prediction of yielding in ductile materials. 
 
Fig. 24 presents the Von Mises stress in the upper 
region of the core as a function of the location of the 
rigid support. The best performing design is the 
foam pad, which has a combined stress 28% lower 
than the standard T-joint. The 20mm resin fillet and 
the foam fillet have similar performance, while the 
use of just a resin radius fillet with no over-
laminates reduces the maximum stress compared to 
the standard case by approximately 15%. 
 

 
Fig. 24. Maximum principal stress in the upper core 

 

5 Conclusions 

The strain contours measured by the digital image 
correlation system correspond well with those 
predicted by the finite element model, demonstrating 
that DIC is a useful tool for the assessment of strains 
and deformations in a complex loading scenario, as 
well as for validation of numerical models.  
Differences in the magnitudes of the measured and 
predicted strains may be due to uncertainty in actual 
material properties. 
 
The simulation results demonstrated that for design 
of such joint details it is essential to consider the full 
stress field, not just the transverse shear components. 
In particular, the local compressive stresses can be 
of similar magnitude to the transverse shear stresses.  

Tailored T-joint details can substantially reduce the 
magnitude of the principal stresses. All three joint 
variations with over-laminates produced similar 
maximum stresses, with the least rigid joint 
consisting of a foam pad with over-laminates being 
the best performing configuration. However this 
may be significantly more complicated to 
manufacture for only a slight improvement in 
performance, so a simpler design may be more cost 
effective.  
 
Further work in this area should include 
investigating the optimal over-laminate thickness 
and the radius of the resin fillet. More detailed 
analysis of the cost effectiveness of using an 
alternative joint, such as a triangular foam fillet 
should be undertaken. Experimental work should be 
conducted for a variety of other joint configurations 
for further validation of the numerical models, and 
to quantify the failure loads for alternative designs. 
It would also be useful to evaluate the performance 
of alternative T-joints in actual water slamming 
events. 
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1 Introduction 

With the increasing concerns about the sustainability 

issues, during the last decade natural fibres have 

been used by the researchers as replacements of 

glass fibres. In recent years, environment friendly 

natural fibres, such as kenaf, flax, sisal and jute, 

have been used in polymer composites 

manufacturing to get desirable thermal, mechanical 

and functional properties [1, 2]. Due to low density, 

high toughness and low energy consumption in 

fabrication, the current applications of these 

composites have been expanded to manufacturing of 

automotive and aircraft interior components [3]. 

 

A major limitation in exploiting the use of natural 

fibres is the poor adhesion between hydrophilic 

fibres and hydrophobic polymer matrix [4]. The 

limited thermal stability of natural fibres, which 

leads to degradation during processing beyond 

200
o
C, also restricts the mass manufacturing 

methods, such as injection moulding [5, 6]. The 

important aspect in making composites using natural 

fibres is to maintain high aspect ratio in order to 

achieve superior thermal, mechanical and functional 

properties. It is important to disintegrate fibre 

bundles into individual fibres without damaging 

them. Effective dispersion and distribution of fibres 

within the matrix material by avoiding agglomerates 

can create homogeneous composite with enhanced 

properties [7].   

 

Properties also improve by the good interfacial 

bonding between fibre and matrix with more 

uniform fibre length distribution throughout the 

matrix. Fibre surface treatments, such as alkali 

treatment, silane treatment and matrix modification 

using compatibiliser are the most commonly used 

methods to improve the adhesion of fibres to matrix 

material [8, 9].  

 

In this research, the first goal is to study the twin 

screw compounding behaviour of kenaf natural 

fibres with polypropylene matrix to obtain a 

homogeneous blend. Maleic anhydride grafted 

polymer has been used not only to modify fibres but 

also to achieve good interfacial bonding between the 

fibre and the matrix. The second goal is to 

understand the fibre dispersion and distribution 

within the composite by assessing fibre alignment 

and damage after each stage of processing during 

extrusion and injection moulding. Finally, the 

evaluation of thermal and mechanical characteristics 

of injection moulded products has been carried out 

to facilitate the effective use of kenaf natural fibre in 

composite applications.   

 

2 Experimental Details 

Polypropylene (PP) and maleic anhydride grafted 

polypropylene (MAPP) supplied by Clarient, New 

Zealand were employed as the polymer matrix and 

the compatibiliser, respectively. Kenaf bast fibre 

yarns supplied by Bruce Smith Limited, New 

Zealand were cut into required lengths before being 

used in compounding. Materials were dried before 

processing by using the parameters, shown in 

Table1. 
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2.1 Mixing approach 

The addition of hydrophilic kenaf natural fibres to 

hydrophobic PP results in a composite with poor 

properties due to non-uniform fibre distribution and 

dispersion and an inferior fibre matrix interfacial 

bonding [10]. To resolve this issue MAPP was 

added during compounding as a compatibiliser        

(3 wt%). The limited thermal stability of most 

natural fibres leads to degradation during processing 

beyond 200
o
C [11]. Due to this behaviour of fibres, 

thermogravimetric analysis (TGA) was carried out 

to understand the thermal stability of kenaf and PP, 

Fig. 1. It shows extensive degradations of both the 

polymer and the fibres initiating around 250
o
C. The 

derivative thermogravimetry analysis (DTG) shows 

that the maximum degradation temperatures of PP 

and kenaf are shifted to higher temperatures of 

325
o
C and 350

o
C, respectively.  

   

2.2 Twin screw extruder compounding 

Twin screw extrusion method is generally simple 

and cheap, which can be effectively used in large 

scale productions. Therefore, in this work, melt 

mixing approach, using intermeshing co-rotating 

twin screws, was employed to effectively mix the 

short natural fibres with PP matrix. Fully 

intermeshing twin screws provide narrow residence 

time distribution and hence provide uniform heat to 

most natural fibres by preventing degradation [12]. 

Co-rotating screws are effective in altering the 

direction of applied stresses through the use of 

different mixing elements, thus producing different 

mixing effects. The co-rotating twin screw 

configuration, as shown in Fig. 2, with L/D ratio 

of 40:1, was capable of providing optimum 

dispersive and distributive mixing required, in 

obtaining a homogeneous blend. 

 
Eight blends were prepared using 30 wt% fibre of 

different fibre lengths, compounding methods and 

processing temperatures, Table 2.  
 

Standard test samples were prepared using Boy 50A 

injection moulding machine to evaluate flammability 

and mechanical properties of the composites.  

 

 

 

3 Results and Discussion 

3.1Method of compounding 

Compounding was carried out with die and without 

die, using twin screw extrusion, as shown in Fig. 3.  

 

Samples were dissolved in hot Xylene to remove 

polymer in the compound. Extracted fibres were 

then observed through an optical microscope, and 

fibre lengths were analysed using ImageJ
®
 software. 

 

3.2 Compounding and injection moulding effect 

on fibre length distribution 

Compounding long and short fibres shows that the 

length retention is high in the case of long fibre 

compounding but more even length distribution is 

achieved for short fibre compounding. Fig. 4 shows 

that there is negligible difference in fibre length 

retention after extruding long and short fibres. This 

is due to the fibre damage under high shear during 

the extrusion process, as shown under morphology 

analysis.  

 

The other interesting observation is the effect of 

temperature on the fibre length distribution. The 

average length has significantly reduced at high 

temperature processing compared to that for low 

temperature processing, Fig. 5.  

 

High temperature compounding and degradation has 

reduced the average fibre length causing low aspect 

ratios. In addition, the degradation leads to a 

decreased strength and hence increasing the fibre 

damage. The reduced viscosity of the melt mix and 

high shear dispersion of weaker fibres also result in 

damages, such as splitting, kinking and twisting, and 

thereby reduce the fibre length. 

 

Fig.6 shows significant attrition rates at both stages 

of processing, which is expected to affect the 

mechanical properties. However, a significantly 

higher amount of fibre length reduction takes place 

during compounding or extrusion process, compared 

to that during injection moulding.  

 

3.3 Morphology analysis 

Fibre images were taken using optical microscopy, 

to evaluate the nature and amount of damage. When 

ICCM19 3677



THE 19
TH 

INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

3 
 

fibres are passed through more kneading elements 

under shear mixing, increased damage and breakage 

occur. This is more evident with the presence of 

fibre bending and twisting during extrusion process 

over compounding, as shown in Fig 7.  
 

Mixing has improved during twin screw 

compounding due to displacement and shear 

deformation. This may cause fibre peeling, splitting 

and kinking, shown in the Scanning Electron 

Microscopy (SEM) image, Fig.8.  
 

The use of high screw speed (150 rpm) with 

compatibiliser as an adhesion promoter increased the 

mixing performance during compounding. The 

absence of fibre pullout and less void content in the 

matrix further prove the existence of high 

compatibility and dispersion between immiscible 

components. 

 

3.4 Fibre distribution after injection moulding 

Alignment of fibres in the final product is a key 

factor in determining the thermal and mechanical 

properties of the composite. In this regard, alignment 

was determined using optical microscopy, which 

also showed dispersion of fibres, thereby giving 

information on morphology. 

 

During injection moulding, cross and axial mixing 

ensures homogeneous distribution of fibres. All the 

fibres entangle and tend to turn around themselves 

during mixing due to the shear force generated 

within the barrel. This causes additional damages to 

long fibres compared to those in short ones, and the 

resultant composite fibre length is nearly the same in 

both cases. This can be noticed from the optical 

micrographs, shown in Fig. 9.  

 

4. Thermal properties 

4.1 UL-94 V Standard test 

Fire retardance is an important characteristic of a 

composite in a range of applications, such as 

aerospace and transportation. The UL-94 V standard 

test (ASTM D3801) is used to assess this property. 

Dripping phenomenon is an indication of the 

tendency for fire growth, which is one of the most 

important characteristic effects in fire proof 

materials. Visual observations of Fig. 10 carried out 

using long and short fibre composites showed a 

delay in dripping time of the composites (41 and 47 

seconds for long and short fibres, respectively) after 

ignition as compared to that for pure PP (12 

seconds). 
  

Generally, natural fibres are expected to act as heat 

sources in composites; however, the results obtained 

in this study are quite interesting. Although 

increased burning rate has been observed in long 

fibre composites compared to those with short 

fibres, both of them performed better than pure PP. 

The performance of short fibres may be attributed to 

the presence of more uniform and homogeneous 

blend. The addition of compatibiliser creates better 

interfacial bonding which acts as a barrier to the 

flowability of PP and reduces the effect of dripping.  

 

Kenaf fibre compounded composite forms more 

stable layer of char after the fully burnt state, which 

is absent in pure PP. When the fibres are uniformly 

distributed within the matrix, the burning fibre char 

formation creates a barrier between the burnt and 

unburnt material. This barrier formation further 

inhibits fire growth by reducing volatiles and oxygen 

content present in the fire boundary.    

  

4.2 Cone Calorimeter test 

Cone calorimeter test is a small scale standard test 

method (ASTM E1354) for quantitatively 

characterising and comparing flammability 

properties. Materials are forced to burn under 

constant external heat flux to evaluate the principal 

fire properties, such as  peak heat release rate 

(PHRR), heat release rate (HRR), total heat release 

(THR), mass loss rate (MLR) and smoke release rate 

(SRR), which can take place in real life fire scenario. 

 

Heat release rate of compounds was analysed under 

cone calorimeter at a heat flux of 50 kW/m
2 

using 

compounded and extruded samples, Fig.11.  
 

It appears that the processing condition did not make 

much difference in the overall thermal behaviour 

(time to burn off), although the peak heat release 

rate of the neat polymer is significantly higher than 

those of compounded or extruded samples. Even 

though kenaf fibre composites ignite earlier than 
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pure PP, the formation of floating char layer 

tends to protect the outer layer exposed to fire 

and thereby reduces the speed of fire growth.  

 

5. Mechanical properties 

Tensile, flexural and charpy impact tests were 

carried out following the standard test procedures 

[ASTM D638, ASTM D790 and ASTM D6110] to 

evaluate the mechanical performance of the 

compounds, shown in Fig.12. 

 

The kenaf/PP composites show reasonable 

improvements in tensile and flexural properties over 

PP irrespective of the compounding method. 

However, the impact property of the composites was 

lower than that of neat PP although extrusion tended 

to improve the behaviour. 

 

The significant increase observed in tensile and 

flexural moduli and strengths of composites 

compared to pure PP can be attributed to the 

homogeneous blend obtained through twin screw 

compounding with the presence of a compatibiliser. 

This provides an enhanced interfacial bonding 

between the fibre and the matrix.  

 

The reason behind the drop in impact properties may 

be due to the low strength and degradation of fibres 

during shear processing under twin screw extrusion 

and injection moulding. On the other hand, even 

though the fibres were initially dried, the high water 

absorption tendency of kenaf natural fibre tends to 

swell the fibres and thereby create micro-damages, 

which could be a significant parameter when 

material is subjected to impact loads. 

 

Conclusions 

Compounding of 30 wt% kenaf natural fibre with PP 

has been carried out in a co-rotating twin screw 

extruder and analysed the fibre length distribution 

after compounding and injection moulding. It has 

been found that considerable amount of fibre 

damage takes place during the extrusion process and 

there is no significant improvement in properties 

with long fibre composite compounds. 

 

Kenaf compounded composites tend to increase the 

fire control behaviour by reducing the dripping 

phenomenon and heat release rate compared to those 

for neat PP. This is potentially due to the 

homogeneous blend obtained by twin screw 

compounding and the ability of formation of char 

when kenaf fibre undergoes combustion. 

Furthermore, the addition of compatibiliser 

significantly improves the overall strength and 

stiffness of the composite with homogeneous 

dispersion of fibres within the matrix.  
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Table 1: Material drying parameters 

Material 

type 
Manufacturer 

Drying 

temperature 

[
o
C] 

Drying 

time         

[hrs.] 

PP Samsung  80 > 12 

MAPP Dupont 80 > 12 

Kenaf Weitex 70 > 40 

 
 

 

 
Fig. 1. TG and DTG curves of PP and Kenaf 
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Fig. 2. Fully intermeshing co-rotating twin screw used in 

extruder compounding 

 

Table 2. Polymer and fibre blends 

Designation 
Compounding 

method 

Fibre 

length 

(mm) 

Process 

temp. 

[
o
C] 

KeLC Compounded 7.5 180 

KeHLC Compounded 7.5 220 

KeLE Extruded 7.5 180 

KeHLE Extruded 7.5 220 

KeSC Compounded 2.5 180 

KeHSC Compounded 2.5 220 

KeSE Extruded 2.5 180 

KeHSE Extruded 2.5 220 
 

Ke–Kenaf, C–Compound, E–Extrude, L–Long,      

S-Short, H-High Temperature 

 

 

       
 

 

 

       
        Compounded                          Extruded 

Fig. 3. Two different blends obtained during twin screw 

compounding 

 

 
 

 

Fig. 4. Fibre length distribution after extrusion a) long 

fibres b) short fibres 

Kneading elements 
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Fig. 5. Fibre length distribution after compounding a) low 

temperature b) high temperature 

 

 

 
 

 
 

 
Fig. 6. Fibre length distribution for KeLC: a) initial         

b) after compounding c) after injection moulding 

 

 

 

Fig. 7. Optical microscopy image of fibre damage during 

processing 

 

Twisting 

Bending 
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Fig. 8. Composite morphology analyses 

 

 

 
 

 

Fig. 9. Fibre dispersion and distribution on surface during 

injection moulding  a) long  b) short   

 
  

      

Fig. 10.  Digital pictures of UL-94 V test: a) PP  b) KeLC 

c) KeSC   

 

 
 

 

Fig. 11. Heat release rate of composites  a) compounded  

b) extruded   
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Fig. 12. Mechanical properties of kenaf fibre composites 

a) modulus  b) strength   
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1 Introduction  

 

Out-of-autoclave (OOA) prepregs are intended for 

vacuum-bag-only (VBO) manufacturing of high 

performance parts in an unpressurized oven. Since 

the maximum available consolidation pressure 

differential is about 101 325 Pa (or 1 atm), the defect 

suppression capacity of the OOA/VBO process is 

significantly reduced relative to the benchmark 

autoclave approach.  

 

To limit the potential for void formation, OOA 

prepregs typically feature a partially impregnated 

microstructure consisting of dry fibre tow cores and 

surrounding resin rich areas. The dry areas allow 

gases to evacuate in the early stages of processing. 

Then, they are infiltrated by surrounding resin [1].  

 

The effectiveness of introducing porous areas in 

prepregs to ensure low porosity in the final part has 

been previously demonstrated [2,3], and recently, 

OOA prepregs have been used to produce low defect 

parts in a variety of contexts (for example, [4,5]). 

However, studies have also shown that the 

consolidation of such prepregs (which involves air 

evacuation, fibre bed compaction, resin flow and the 

formation of flow- or gas-induced voids) is highly 

sensitive. Indeed, factors such as resin moisture 

absorption [6-8], cure cycle [9,10], out-time 

[9,11,12], vacuum quality [8,13], and fibre bed 

architecture [9,10,13] have been shown to induce 

porosity. Thus, while OOA/VBO oven cure is a 

viable alternative to the autoclave, the allowable 

material and process windows must be understood in 

order to avoid significant quality reductions. 

 

Despite the above-mentioned studies, the effect of 

several variables remains unknown. Among them, 

the possible effect of multiple reinforcement types 

within a single laminate is particularly relevant, 

since the large, complex parts for which OOA 

processing is ostensibly well-suited are likely to be 

built up of different prepregs. A further point of 

interest is the coupling of different process 

deficiencies. Indeed, while factors such as out-time 

and pressure have been studied separately, they are 

likely to be encountered simultaneously. 

 

2 Objectives and structure 

 

The present study considered the consolidation of 

“hybrid” OOA laminates in a variety of situations. 

First, laminates based on two commercially-

available prepregs with different fibre bed 

architectures were manufactured under both ideal 

and deficient material and process conditions. Then, 

samples were analyzed using optical microscopy and 

X-ray micro-tomography (micro-CT) to determine 

the amount, distribution and morphology of porosity. 

 

3 Materials 

 

The two OOA prepregs used within this study were 

manufactured by Cytec Engineered Materials from 

5320 epoxy resin and two carbon fibre beds: a plain-

weave fabric (T650-35 PW, 196 g/m2 areal weight, 

36 % wt resin content) and a unidirectional tape 

(T40/800B, 145 g/m2 areal weight, 33 % wt resin 

content). Both prepregs were imaged uncured using 

a previously proposed micro-CT method [1], and 

representative x-ray micrographs are shown in Fig. 

1. By convention, denser areas appear in brighter 

grey while voids are black. Both prepregs feature a 

partially impregnated microstructure containing both 

dry fibre tow cores and resin-rich areas. In addition, 

the PW fabric-based laminate also includes large 

macro-pores between its plies, which represent air 

entrapped during layup. 
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4 Methods and procedures 

 

4.1 Laminate manufacture 

Laminates were vacuum-bag cured in a convection 

oven, within a fixture capable of controlling bag and 

ambient pressures independently. The fixture, shown 

in Fig. 2, consists of a flat tool plate (on which the 

vacuum bag is placed) and a lid (which covers and 

seals the entire assembly). The bag and lid volumes 

are connected to independent vacuum systems, 

which can vary the pressure between 0 atm and 1 

atm. Thus, the pressure “ambient” to the bag, and 

therefore the consolidation pressure, can be 

controlled while maintaining full vacuum in the bag. 

The entire fixture can also be placed in a convection 

oven for controlled heating. 

 

Twelve laminates were manufactured within the 

fixture using three layups, three out-times, and two 

ambient pressures, as shown in Table 1. 

 

Tool 

Plate

Bag 

Vacuum Port

Bag Pressure 

Sensor Port

Vacuum

Bag

Lid

Vacuum Port

Lid Pressure 

Sensor Port

Lid

 
 
Fig. 2. Schematic of the consolidation fixture. 

 

5 mm

5320/UD

5320/PW

Dry

Resin-

Rich

Dry

Resin-

Rich

 
 
Fig. 1. X-ray micrographs of unprocessed 5320/PW (top) and 5320/UD (bottom) laminates. The bright 

grey areas are resin-rich areas, while the darker areas are dry, micro-porous fibre tow cores. 
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3  

EFFECT OF LAYUP AND PLY MORPHOLOGY ON VOID 

FORMATION IN OUT-OF-AUTOCLAVE PREPREGS  

The three layups vary ply orientations as well as the 

number of PW/UD interfaces. The out-times span 

(and exceed) the resin out-life of 21 days, and the 

ambient pressures bound the range that may 

reasonably be encountered. The bag pressure was 

constant and nominally vacuum, as required by 

VBO processing. Together, these twelve laminates 

expand on previous experiments in the literature by 

combining possible causes of flow-induced voids 

(out-time) and gas-induced voids (reduced pressure). 

All laminates were cured using a four hour room 

temperature vacuum hold, a ramp of 0.65 °C/min ± 

0.15 °C/min to 93 °C and an eight hour hold at 

93 °C. The vacuum bag arrangement consisted of a 

non-perforated release film on the tool; the laminate; 

another non-perforated release film; edge breathing 

dams (made of sealant tape wrapped in dry 

fiberglass boat cloth) around the laminate perimeter; 

one layer of breather, and the vacuum bag. Type-K 

thermocouples were placed in the oven air, on the 

tool and on the laminate surface for monitoring. 

 

4.2 Laminate quality analysis 

 

4.2.1 Optical microscopy 

Three samples measuring approximately 50 mm by 

25 mm were sectioned from each cured laminate, 

and their edges were polished with up to 1200 grit 

sandpaper on a Buehler MetaServ Grinder/Polisher 

for through-thickness optical micrographs. These 

micrographs served to qualitative assess the laminate 

microstructure, and to validate the more detailed 

observations and analysis made using micro-CT. 

 

4.2.1 Micro-CT 

Samples measuring 18 x 25 mm were sectioned 

from the center of each cured laminate and scanned 

in a Skyscan 1172 High Resolution micro-CT, at a 

pixel size of 5.44 µm/pixel; an image size of 4000 

by 2096 pixels; a source voltage and intensity of 40 

kV and 250 µA, respectively, and with no filter. The 

results were then reconstructed into sets of parallel 

x-ray micrographs, oriented both in the plane of 

lamination and in the through-thickness direction (as 

shown in Fig 3). Exceptionally, for laminate 12, two 

 

Sample

Through-

thickness

micrograph

In-plane

micrograph
 

 

Fig. 3. Schematic of micro-CT sample showing 

through-thickness and in-plane micrograph planes. 

Table 1. Laminate layup and manufacturing conditions. 

# Layups Out-

Times 

Ambient 

Pressures 

1 [PW0°/UD0°/PW0°/UD0°]
s
  4 days 1 atm 

2 [PW45°/UD0°/PW-45°/UD0°]
s 

4 days 1 atm 

3 [PW0°/UD0°/UD90°/PW45°]
s
 4 days 1 atm 

4 [PW0°/UD0°/PW0°/UD0°]
s
  4 days 0.775 atm 

5 [PW45°/UD0°/PW-45°/UD0°]
s 

4 days 0.775 atm 

6 [PW0°/UD0°/UD90°/PW45°]
s
 4 days 0.775 atm 

7 [PW0°/UD0°/PW0°/UD0°]
s
  19 days 0.775 atm 

8 [PW45°/UD0°/PW-45°/UD0°]
s 

19 days 0.775 atm 

9 [PW0°/UD0°/UD90°/PW45°]
s
 19 days 0.775 atm 

10 [PW0°/UD0°/PW0°/UD0°]
s
  25 days 0.775 atm 

11 [PW45°/UD0°/PW-45°/UD0°]
s 

25 days 0.775 atm 

12 [PW0°/UD0°/UD90°/PW45°]
s
 25 days 0.775 atm 
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Fig. 4. Cure cycle temperature profile. 

 

samples scanned in different orientations were 

deemed necessary, as some fine porosity was 

difficult to detect for a single sample orientation (as 

discussed in section 5.3.2.2). 

 

The through-thickness micrographs and Skyscan’s 

CTan software were used to calculate the laminate 

porosity. First, a region of interest tightly enclosing 

the laminate interior (but no edges damaged by 

sample cutting) was defined. Then, the micrographs 

were converted from grayscale to binary images 

through a consistent threshold value. Finally, CTan’s 

3D analysis feature was used to compute the percent 

solid and void volume. In addition, for high-porosity 

laminates, the approximate porosity in each 

individual layer was also determined by applying the 

above procedure to local regions of interest. For 

sample 12, data from both scans was merged. 

 

5 Results and discussion 

 

5.1 Laminate manufacture 
The temperature profile common to all cured 

laminates is shown in Fig. 4. The oven temperature 

features an over-compensation at the end of the 

ramp, designed to ensure the desired laminate heat-

up rate. The tool- and bag-side readings, which 

overlap almost perfectly, show that there were no 

significant through-thickness thermal gradients. 

 

5.2 Optical microscopy 

Fig. 5 shows representative optical micrograph 

sections of laminates 1 and 10; both had the same 

layup, but the former was processed under ideal 

conditions while the latter was exposed to 25 days of 

out-time and cured under reduced ambient pressure. 

These process differences were highly detrimental to 

laminate quality. Indeed, while laminate 1 features a 

uniform and largely void-free microstructure, 

laminate 10 contains significant porosity in the 

central regions of the fibre-dense tows, in both the 

PW and UD layers. These dry areas are likely flow-

induced voids brought on by out-time, increased 

resin viscosity and incomplete tow impregnation  

Laminate 1

Laminate 10

2 mm

Micro-voids

No visible porosity

 
 
Fig. 5. Optical micrograph sections of laminate 1 (top) and laminate 10 (bottom), with insets. Laminate 1 

shows no notable micro- and macro-porosity, while laminate 10 shows significant and pervasive micro-

porosity within the fibre-dense tows. 

ICCM19 3688



 

5  

EFFECT OF LAYUP AND PLY MORPHOLOGY ON VOID 

FORMATION IN OUT-OF-AUTOCLAVE PREPREGS  

[9-11]. Interestingly, despite the reduced 

consolidation pressure, laminate 10 does not exhibit 

any significant macro-porosity between the plies or 

in resin-rich regions.  

 

Similar optical cross-sections were obtained for all 

manufactured laminates. Generally, laminates 1 to 9 

contained no notable porosity, while laminates 10 to 

12 exhibited significant dry fibre areas.  

 

5.3 Micro-CT 

 

5.3.1 Representative X-Ray micrographs 

Fig. 6 shows representative sections of through-

thickness optical and x-ray micrographs (though not 

of the exact same region) for a laminate with no 

porosity (laminate 1) and significant porosity 

(laminate 10).  

 

The x-ray micrographs confirm the previous results 

by showing differing levels of quality. Whereas 

laminate 1 has a uniform, void-free microstructure 

laminate 10 shows pervasive porosity in the form of 

numerous “darker” regions. The general appearance 

of these regions is similar to the dry areas observed 

in Fig. 1 for both prepregs; thus, as explained before, 

they are likely fibre tow cores that have remained 

un-infiltrated due to increases in resin viscosity 

induced by out-time [9-11]. Furthermore, it is again 

interesting to note the absence of bubble-like, gas-

induced macro-porosity. 

 

Overall, these micrographs confirm the local 

observations made using optical microscopy: 

laminates 1 to 9 had no notable porosity, while 

laminates 10 to 12 contained extensive dry fibre 

areas. However, no patterns in the shape and 

distribution of the pores are immediately obvious. 

 

Fig. 7 shows laminate 10’s microstructure through 

three in-plane micrographs taken at different points: 

within one external PW0° layer, at the interface of 

the latter and the adjacent UD0° layer, and within 

the UD0° layer. From this perspective, a pattern in 

the shape and distribution of the porosity becomes 

apparent.  

 

2 mm

Laminate 1

Layup: [PW0 /UD0 /PW0 /UD0 ]s

Out-time: 4 days

Ambient Pressure: 1 atm

Laminate 10

Layup: [PW0 /UD0 /PW0 /UD0 ]s

Out-time: 25 days

Ambient Pressure: 0.775 atm

 
 

Fig. 6. Representative sections of optical and in-

plane x-ray micrographs for laminate 1 (top) and 

laminate 10 (bottom) Note that the micrographs do 

not show the exact same region. Laminate 1, 

manufactured under ideal conditions, shows a void-

free microstructure. Laminate 10, manufactured at 

high out-time and under deficient pressure, shows 

pervasive porosity. 
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PW layer

UD layer (center of layer)

Porosity

Tow Unit Cell

Tow width and 

overlap length.

UD layer (next to PW layer)

2 mm

 
Fig. 7. Aligned in-plane x-ray micrographs of 

laminate 10 showing PW and UD porosity patterns. 

 

Within the PW fabric layer, the porosity is located 

within the center of each tow, as expected in the case 

of flow-induced dry areas. Within the adjacent UD 

layer, close to the PW/UD interface, the dry areas of 

the unidirectional fibre bed are located over the PW 

fabric’s resin-rich regions, or over the edges of each 

fabric tow’s “unit cell” (or repeating unit). Finally, 

at the center of the UD layer, the dry areas are 

pervasive and more evenly distributed, and the 

porosity pattern corresponding to the PW layer’s 

morphology is no longer dominant. These 

observations indicate that, to some extent, the 

adjacent PW and UD layers in laminate 10 interact 

during consolidation. Specifically, they suggest that 

the distinctive fabric morphology of the PW, made  

PW layer

PW layer

Porosity

UD layer

2 mm

Tow Unit Cell

Tow width and 

overlap length.

 
Fig. 8. Aligned in-plane x-ray micrographs of 

laminate 11 showing PW and UD porosity patterns. 

 

up of raised overlapping tows and recessed, 

regularly spaced resin-rich areas, affects the 

consolidation of the UD ply by applying an uneven 

pressure on it. The raised overlapping tow regions 

are likely to apply a relatively high pressure, and 

correspond to low-porosity regions; conversely, the 

recessed inter-tow regions seem associated to high 

porosity-regions. Fig. 8 shows a similar set of in-

plane micrographs from laminate 11, in which a 

UD0° ply is set between two PW45° layers. Within 

both PW plies, micro-porosity is located inside the 

fibre tow cores. Within the UD ply, significant 

porosity is visible, as before, in a pattern defined by 

the resin-rich, inter-tow areas of the fabric (in this 

case, these zones are offset by 45°). 
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5.3.2 Porosity 

 

5.3.2.1 Laminate porosity 

The volumetric laminate porosity data obtained for 

each manufactured part through 3D micro-CT 

analysis is shown in Fig. 9.  

 

The laminates manufactured under 4 and 19 days of 

out-time are found to be of very high quality, with 

void contents consistently below 0.5 % regardless of 

ambient pressure. These low porosity values render 

any firm conclusion about the effect of layup 

difficult. However, they highlight the robustness of 

the materials under study. Indeed, these OOA 

prepregs produced void contents well below the 1 – 

2 % limit commonly used for high performance 

parts, even when close to their out-life (21 days) and 

under a 20 % ambient pressure reduction.  

 

In previous work, micro-porosity has been mainly 

associated with out-time, while macro-voids have 

mostly been associated to reduced pressure [13]. 

Remarkably, laminates 1 to 9 present neither such 

defect in notable quantities. In particular, the lack of 

macro-porosity is likely related to the four hour 

room temperature vacuum hold used to evacuate 

entrapped air, and thus to limit void nucleation sites. 

Altogether, the quality of laminates 1 to 9 suggests 

that if sufficient air is evacuated, high quality parts 

may be produced even when subject to simultaneous 

process deficiencies. 

 

Laminates 10 to 12, manufactured under 25 days of 

out-time, present significantly higher void content 

levels, ranging from close to 4 % for laminates 10 

and 11 to 3 % for laminate 12. Since these values 

correspond to single data points obtained from 

small-scale samples, they should be considered 

approximate. However, several inferences may still 

be drawn. The considerable void content increases in 

all three laminates relative to the previous cases 

confirms that, as suggested in previous studies, out-

time strongly impedes prepreg impregnation during 

processing and lead to pervasive dry fibre areas [9-

11]. However, the approx. 0.62% decrease in 

laminate 12 suggests the possible influence of layup. 

 

Laminates 10, 11 and 12 contain the same number of 

PW and UD layers, negating the influence of an 

individual prepreg’s behaviour. Furthermore, the 

similar void contents displayed by laminates 10 and 

11 in spite of different layer orientations suggest that 

the relative angle between PW and UD plies may not 

be the dominant parameter. The main difference 

between laminates 10 and 11 and laminate 12 is the 

 
Fig. 9. Laminate (bulk) void content versus layup, out-time and processing pressure. 
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stacking sequence. The former two layups alternate 

fabric and tape, and feature six interfaces between 

PW and UD plies. Conversely, the latter layup 

groups UD layers, and features only four such 

interfaces. This decrease in interfaces, and thus of 

uneven pressure application on the UD plies, is 

therefore a possible cause of the decreased void 

content observed in laminate 12. 

 

5.3.2.2 Layer porosity 

Fig. 10 shows the layer porosity distribution for 

laminates 10 to 12, which contain noticeable 

porosity. As previously mentioned, for laminate 12, 

the data for the UD0° plies was obtained from a 

second micro-CT scan, as it was observed that, in 

the initial scan, the finely-grained micro-porosity in 

those layers was not captured with the same contrast 

and fidelity as that in the PW0°, PW45° and UD0° 

layers. This limitation is likely due to a combination 

of chosen scan resolution (whose pixel size is 

roughly equivalent to the inter-fibre spacing), 

sample orientation during scanning (which, in this 

case, may have favored the UD90° cross-sections) 

and noise in the scan and reconstruction steps.  

 

Several trends common to the three laminates may 

be noted. The porosity is remarkably symmetric 

around the laminate mid-plane, suggesting that the 

porosity-generating mechanisms depending on intra-

ply rather than inter-ply or laminate properties; this 

result supports the hypothesis that the measured 

porosity is flow-induced and, more specifically, due 

to incomplete tow impregnation within each ply.  

Furthermore, in the majority of cases, the porosity 

contribution of the UD plies is higher than that of 

the PW layers. This difference suggests that the UD 

plies are more difficult to impregnate than their PW 

counterparts, either due to a lower initial degree of 

impregnation or a slower resin infiltration velocity 

(due, for example, to fibre-denser tows, thicker 

fibres and/or a lower transverse permeability).  

 

7 Conclusions 

 

The present study considered the effect of hybrid 

laminate layup and coupled process deficiencies on 

consolidation in OOA/VBO prepreg processing. 

Laminates comprised of both fabric and 

unidirectional tape plies were manufactured in ideal 

and high out-time, reduced ambient pressure 

conditions. 
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Fig. 10. Layer porosity distribution for laminates 10, 

11 and 12. 

 

Then, they were analyzed using micro-CT and 

optical microscopy. 

 

The results showed that high quality, low-porosity 

laminates may be manufactured even under 

significant out-time and reduced pressure if the 
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material’s out-life is not exceeded. In cases of 

excessive out-life, significant porosity was observed 

for all hybrid layups. However, a limited but 

noticeable reduction in porosity may have been 

obtained by decreasing the number of fabric/tape ply 

interfaces.  

 

These results are relevant to fundamental processing 

science: for hybrid laminates, the idea of stacking 

sequence as a possible cause of defects contributes 

to the understanding of void formation mechanisms, 

offers further focal points for the analysis of OOA 

prepreg consolidation. More broadly, it also suggests 

that consolidation should be studied locally as well 

as at the laminate scale. These results are also 

relevant to the applied use of OOA/VBO materials, 

though perhaps in a different way. Although a 

possible link between layup and porosity was 

observed, its influence was only felt in laminates 

with unacceptably high defect levels. Conversely, in 

laminates with acceptable porosity levels, the 

influence of layup was negligible. Thus, from an 

application standpoint, these results highlight that 

high quality OOA prepreg parts built up from 

multiple fibre bed architectures may be 

manufactured without needing to consider the 

influence of layup. 
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Abstract 

The effect of stiffness of bonded Boron/Epoxy 
(B/Ep) single-sided patches on the fatigue crack 
growth in an aluminum fuselage panel was studied.  
Through-the-thickness cracks were repaired with 
‘stiff’ (S-BE) and ‘compliant’ (C-BE) B/Ep patches. 
Tests were performed with a full-scale Boeing 727 
fuselage panel under simulated in-service flight load 
conditions. Fatigue crack growth and patch disbonds 
were monitored throughout the test using visual 
inspections, eddy current, flash thermography, and 
resonance ultrasonics. A full-field strain and 
displacement measurements throughout the patch 
and its surroundings were recorded using digital 
image correlation method. The strain fields show the 
effect of patch stiffness on load transfer throughout 
the patches.  Fatigue crack growth rate in the C-BE 
patch was considerably higher than that in the S-BE 
patch.  

 

1 Introduction 

During the service life of an aircraft, the load 
capacity of the structure degrades primarily due to 
fatigue cracks and corrosion. The obvious solution 
to increase the life of the aircraft is to repair the 
damage and to restore the load path, weakened due 
to the presence of such cracks. These repairs are 
typically done using either mechanically fastened or 
adhesively bonded patches. The mechanically 
fastened repairs have many drawbacks such as 
removal of material from the substrate, load transfer 
only through the fasteners, and stress concentrations 
at the fastener holes. Overall, the mechanically 
fastened repairs do not restore the structure to its 
original strength. On the other hand, adhesively 
bonded repairs are aerodynamically more efficient 
and can restore the strength more effectively [1, 2]. 
The adhesively bonded repair requires minimal or no 
material removal and the load transfer from the 
substrate to the repair are more continuous as 
compared to mechanically fastened repairs [1, 2]. 

 
As a mathematical problem, adhesively bonded 
repair technology is a combination of a number of 
sub-problems, which includes load transfer from the 
parent material to the patch, calculating stress 
intensity factors at the crack tips, load attraction by 
bonded patches, effect of stresses due to the 
adhesive, effect of patch geometry, bending effect in 
the case of one-sided repair, residual thermal 
stresses, adhesive plasticity, mixed-mode loading, 
and many more. Over the past four decades 
extensive work had been done to address these and 
other challenges of bonded repairs.  Several of the 
analytical solutions of bonded repairs can be found 
in [1-7]. In addition, many have developed finite 
element models to study bonded repairs. For 
example, four different approaches were proposed in 
[8-11] for flat plates, while few recent studies 
addressed repair of curved structures [12-15]. 
Experimental studies on repair of curved panels are 
limited [16]. In other words, the analytical, 
numerical, and experimental studies of adhesively 
bonded repairs focused primarily on flat plates 
subjected to in-plane loading.  Yet, adhesive bonded 
technology has been successfully implemented to 
repair military aircrafts [2]. 
 
Clearly, there still remain many challenges before 
the adhesive bonded repair technology can be 
applied to commercial aircrafts. These challenges 
include a better understanding of the performance of 
bonded repairs under combined in-plane and lateral 
loading (pressure), developing reliable inspection 
methods to determine bond quality and durability, 
and establishing design and analysis tools for 
adhesively bonded repair of curved panels. 
 
The Federal Aviation Administration (FAA) and 
The Boeing Company have teamed up in an effort to 
study the fatigue and residual strength performance 
of bonded repairs using boron/epoxy (B/Ep) and 
aluminum patches.  The FAA Full-Scale Aircraft 
Structural Test Evaluation and Research (FASTER) 
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facility is being used to conduct structural tests of 
various damage/repair scenarios on several 
aluminum-made fuselage panels. The first panel test 
results revealed that properly designed and installed 
bonded repairs are durable under fatigue loading 
which is well above the design limit and can 
effectively contain large damage under severe static 
loads in excess of ultimate load requirements [17]. 
The second panel test results showed that the fatigue 
performance of the adhesively bonded repairs 
reduces as the repair quality degrades [18].  
 
As a part of this second panel test program, data on 
the effect of patch/panel stiffness ratio on the fatigue 
crack growth in adhesively bonded repairs were 
obtained. Previous work, studying the effect of 
composite patch laminate configuration, has shown 
that for thin flat panels higher stiffness ratio 
provides slower crack growth [19] and that ply 
orientation affects strain energy at the crack tip [20].  
To address realistic applications, the work discussed 
herein was conducted on a curved fuselage panel 
subjected to realistic flight load conditions. Two 
extreme stiffness ratios were considered, both 
having the same patch geometry, configurations, 
material, and similar installation procedures.  

 

2 Experimental Procedure 

Testing was conducted using the Full-Scale Aircraft 
Structural Test Evaluation and Research (FASTER) 
facility located at the FAA William J. Hughes 
Technical Center. The FASTER fixture is capable of 
testing large curved panels representative of aircraft 
fuselage structures under realistic flight load 
conditions. Details of FASTER fixture can be found 
in [21]. 

2.1 Test Panel Description 

The fuselage panel used in this study was from a 
retired Boeing 727-232 passenger service airplane, 
Fig. 1. The airplane was placed into service in 1974 
and retired in 1998.  Further information regarding 
the airplane can be found in [22]. 
 
The panel was removed from the crown of the 
airplane, having dimensions of 125 by 73 inches and 
a radius of 74 inches, Fig. 2. The substructure 
included six stringers (S), S-1R through 6R, in the 
longitudinal direction with 9.5-inch spacing and six 
frame stations (FS), FS-990 through 1090, in the 
hoop direction with 20-inch spacing.  The Z-shaped 
frames, stringer clips, and hat-shaped stringers are 

made from 7075-T6 aluminum. A longitudinal lap 
joint was located along stringer S-4R, and a 
circumferential butt joint was located along FS-
1010. The longitudinal lap joint consisted of two 
skin layers and a 0.02-inch-thick 2024-T3 aluminum 
doubler layer sandwiched between the two skin 
layers, which were connected together by three rows 
of rivets.  The doubler was bonded to the outer skin, 
and there was a sealant between the doubler and the 
inner skin of the lap joint.  The panel skin was 2024-
T3 aluminum with a thickness varying from 0.040 to 
0.080 inch at various bays. The region of constant 
skin thickness of 0.04 inches was chosen as the test 
section, Fig. 2. 

2.2 Damage Scenarios and Patch Configurations 

The damage scenario for the test was 2.8-in. long 
through-the-thickness notches, which were 
introduced at different mid-bay locations of the 
fuselage panel. These notches were pre-fatigued (at 
75% of service load) to obtain a naturally growing 
crack at both ends. These cracks were repaired using 
different types of single-sided patches [18]. Since 
this paper focusses on the effect of B/Ep patch 
stiffness on the fatigue crack growth, only the details 
of these two patches are provided herein. Both 
patches were 8-in. x 3-in. octagonal shape, 
containing 5 plies with an approximate taper ratio of 
20:1. The location and the details of both patches are 
shown in Fig. 3. The patch-to-panel stiffness ratio, 
S, is defined as: 
 

 (1) 

where E and t are the Young’s Modulus and 
thickness of the aluminum panel and 

 (2) 

 
is the in-plane stiffness of the composite patch in the 
direction perpendicular to the crack. Thus, the ‘stiff’ 
B/Ep laminate patch (S-BE) has a layup sequence 
[+20°/-20°/0°/-20°/+20°], resulting in a patch-to-
panel stiffness ratio S=1.16, while the ‘complaint’ 
B/Ep laminate patch (C-BE) has a layup sequence 
[+110°/70°/90°/70°/110°], resulting in a patch-to-
panel stiffness ratio S=0.13. Details of both the 
patches are shown in Fig. 4. 

2.3 Applied Loads 

The test sequence for both repairs consisted of a 
baseline strain survey (to ensure, among other, 
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proper load introduction), fatigue pre-cracking, and 
fatigue cycling. The patches were installed, 
following specific process described in [23] after 
pre-cracking. The loads used for the fatigue test 
simulated service load (SL) conditions, including 
cabin pressurization (8.9 psi) and fuselage vertical 
bending, and were represented by an equivalent 
constant-amplitude cyclic loading. The magnitude of 
the applied loads used in the strain survey and pre-
cracking was 75% of the SL conditions that was 
used in the fatigue test.  For the baseline strain 
survey tests, quasi-static loadings were applied in 
ten increments up to the maximum loads listed in 
Table 1. For the pre-cracking and fatigue test, 
constant-amplitude loading was applied at a 
frequency of 0.033 Hz with an R ratio (minimum to 
maximum load) of 0.1. The details of the loads and 
repair types for each phase are provided in Table 1. 
The S-BE patch was subjected to 60,000 fatigue 
cycles while the C-BE patch was subjected to 20,000 
fatigue cycles, as the crack growth for the latter 
repair was very rapid and non-linear. 

2.4 Inspection Methods 

Several Nondestructive inspection (NDI) methods 
were used to monitor and record damage formation 
and growth of the cracks and patch/skin disbonds. 
For disbond detection, a flash thermography system 
and a resonance ultrasonic technique were used. 
Visual inspections and eddy-current systems were 
used to monitor crack growth. Low frequency eddy 
current (LFEC) was used on the external surface of 
the patches and high frequency eddy current (HFEC) 
was used on the internal surface of the panel. Along 
with these inspection methods, the strain gages and 
Digital Image Correlation (DIC) method were used 
to monitor deformation and strain throughout the 
tests. 

 

3 Results and Discussion 

3.1 Post-Cure Residual Thermal Strains  

The complete curing process of adhesive and primer 
took approximately 190 minutes. During the first 50 
minutes, the temperature was ramped up to 250ºF 
from room temperature, then held constant at 250ºF 
for 90 minutes and finally ramped down in last 50 
minutes. During the curing process of the repair 
installation, the strains in the vicinity of the patches 
were monitored. For this purpose, the strain gages 
were installed at the patch boundary 0.75-in. away 
from the edge of the patch both on the outer surface 

and inner surface of the fuselage skin as shown in 
Fig. 5. For both B/Ep patches, the residual thermal 
strains on the inner skin surface, along the patch 
boundary, are in tension while the corresponding 
outer skin strains are in compression. The residual 
thermal strains were much lower in C-BE patch as 
compared to the S-BE patch as shown in Fig. 6 for a 
representative strain gage. The figure shows that the 
S-BE patch causes higher bending at the patch 
boundary after curing as compared with the C-BE 
patch.  

3.2 Mechanical Strains  

3.2.1 Strain gage results 

After patch installation the fuselage panel was 
subjected to fatigue loading as per the load levels 
listed in Table 1. During fatigue, at every 5,000 
cycles, strain survey was conducted to obtain strain 
values at various locations. As mentioned earlier the 
strain survey loads were applied quasi-statically up 
to load levels of 75% of the maximum fatigue 
loading. The strain gages results for both patches 
revealed that the installation of the mid-bay patch 
caused eccentric loading of the mid-bay region. Fig. 
7 and Fig. 8 show an example of the strain gage 
results, after 20,000 fatigue cycles, for both patches 
at their boundaries and at their center, respectively. 
Comparing the back-to-back strain gages for both 
patches, the result shows bending along the patch 
boundary with the outer surface in tension and inner 
surface in compression, Fig. 7. In comparison, the 
amount of bending for S-BE patch was larger than 
C-BE patch, Fig. 7b and Fig. 7c respectively.  
Unlike the strains at the patch boundary, the strains 
at the center of the patch were complete contrast for 
both patches. The installation of the ‘stiff’ mid-bay 
patch caused inward deformation of the mid bay 
region, yielding high compressive strains at the 
patch center, Fig. 8b. For the ‘compliant’ mid-bay 
patch, the patch center had high tensile strains with 
strain values as high as 12,000  at 20,000 fatigue 
cycles, Fig. 8c. 
 
In the case of the S-BE patch, the bending strains 
remained relatively constant throughout the fatigue 
test, as shown by strain gages SE-1 and SE-2 in Fig. 
9. The results at the patch center (strain gage PE-1) 
show that the compressive strain decreased with 
fatigue cycles.  However, these results might be 
misleading because the strain gages installed at the 
PE-1 location repeatedly disbonded during the test 
and repeatedly replaced during the test.    A slight 
variation in the location of the new strain gage 
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resulted in inconsistent results because of the high 
compressive strain gradient at the patch center. 
Similar to the S-BE patch, the bending strains in the 
C-BE patch also remained relatively constant 
throughout the fatigue test, Fig. 9. The strain gage 
results at the patch center showed that the tensile 
strains increased with fatigue cycles. The high 
strains at the patch center (PE-1) indicate that some 
damage occurred. No effort was made to identify 
and characterize this damage. 

3.2.2 Strain Fields in the B/Ep Patches 

Representative results of the full-field hoop strain in 
the vicinity of S-BE and C-BE patches, measured 
via DIC at selected fatigue cycles are shown in Fig. 
10 and Fig. 11, respectively.  The magnitude of 
applied load used during DIC measurements was 
75% of the maximum fatigue load. The patch 
boundary and the notch and pre-crack are indicated 
schematically in the figures. The white regions are 
areas where data could not be processed because of 
interference from strain gage wires.  
 
For the S-BE patch, the DIC results at 0, 40,000, and 
60,000 cycles indicate that the skin at the patch 
boundaries was in tension (shown by the red and 
yellow fringe patterns), Fig. 10, while the center of 
the patch along the notch was in compression (blue 
fringe pattern). The magnitude of the hoop strain in 
the vicinity of the patch, along three arbitrarily 
selected sections (at 0.75, 2.25, and 4.25-in. from the 
patch’s center), show that the hoop strain varied 
mostly in the patch’s center, i.e., at the top of the 
notch (section 1). The strain values ranged from 
3,000  in the skin outside the patch to -1,500  in 
the center of the patch.  The strain gradient in the 
vicinity of the notch was quite high:  it varied from 0 
to -1,500 within ±0.5 in. off the notch centerline. 
The magnitude of the strain gradient reduced 
substantially in sections of the patch ahead of the 
fatigue crack (section 2) and more so outside the 
patch, in the skin (section 3).  The strain also 
changed rapidly at the patch boundary, crossing 
from the skin into the patch (sections 1 and 2). These 
results indicate significant load attraction along the 
patch boundaries, yielding nominal stresses in the 
range of 21 ksi. Further, throughout the fatigue test 
(of 60,000 cycles), there were no changes in the 
strain field throughout the patch (within the 
experimental scatter), which would indicate that 
there was no load redistribution due to disbonding or 
crack growth. 
 

Representative DIC results for C-BE repair at 0, 
10,000 and 20,000 cycles are shown in Fig. 11.  The 
skin at the patch boundary is under tension (as with 
S-BE patch), however the patch center was also in 
tension (unlike the S-BE patch), Fig. 10.  The 
magnitude of the hoop strain in the vicinity of the 
patch, along three arbitrarily selected sections (at 
0.75, 2.25, and 4.25-in. from the patch’s center), are 
also shown in the figure. The distance of the three 
sections from the patch center was kept same as the 
three sections on the S-BE patch. The strains along 
the sections 1 and 2 increased substantially with 
increasing fatigue cycles. Over a short distance of 
±0.5 inch along this section, the strain ranged from 
1,000  to 12,000  within 20,000 cycles. The 
strain gradient did reduce substantially in the region 
outside the patch, in the skin (section 3). These 
variation in strains along the patch center indicated 
load redistribution due to disbonding or fatigue 
crack growth. As it is discussed below, the load 
redistribution is attributed primarily to the latter. 

3.3 Inspection Results 

Flash thermography system and resonance ultrasonic 
system were used to monitor disbonds in both the S-
BE and C-BE patches. Representative results, using 
flash thermography at the beginning and end of the 
fatigue test, are shown in Fig. 12 and Fig. 13 for S-
BE patches, respectively. Similarly Fig. 14 and Fig. 
15 show results for C-BE patch at the start and end 
of fatigue cycles, respectively.  The images are 
captured at four different time slices, 0.5 sec., 1.5 
sec., 2.5 sec. and 4.0 sec. for both patches.  The 
thermography images detected the crack growth 
during the fatigue test. While thermography and 
resonance ultrasonic (not shown here) results for S-
BE patch showed no indications of any disbonds, the 
results of C-BE patch showed a small disbond at the 
aft side of the notch. Monitoring throughout fatigue 
testing, there were no indications disbond growth 
from this disbond. The findings of the flash 
thermography system were confirmed by resonance 
ultrasonic inspections. 

3.4 Crack Growth 

The crack growth was measured during the fatigue 
test using visual and eddy-current inspections. Fig. 
16 shows the half crack length growth during fatigue 
loading under the S-BE patch, on the aft and fwd 
sides of the notch. Crack growth was self-similar 
and co-linear (not shown here). Unlike the S-BE 
patch, the crack growth under C-BE patch was quite 
rapid, as shown in Fig. 17. 
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The comparison between the two patches shows that 
the fatigue crack growth rate of the S-BE patch is 
significantly slower than that of the C-BE patch, as 
expected. For the S-BE patch the fatigue crack 
extended from 1.529 inches to 2.387 inches in 
60,000 cycles, at a constant rate of 1.43 x 10-5 
inch/cycle.  In the C-BE patch the crack extended 
from 1.541 inches to 3.186 inches in just 20,000 
fatigue cycles at an increasing rate, Fig. 18.  Near 
20,000 the crack growth rate was one order of 
magnitude higher, i.e., 1.4 x 10-4 inch/cycle.  In 
addition, a comparison of the measurements made 
during fatigue pre-cracking, before the patches were 
installed and during fatigue at SL conditions after 
the patches were installed, is shown in Fig. 19.   The 
results show that the S-BE patch was quite effective 
in reducing the crack growth rate. On the other hand, 
the effectiveness of the C-BE patch reduced with  
fatigue cycles.  At 10,000 cycles the crack growth 
rate was similar to the rate measured during fatigue 
pre-cracking, increasing to approximately double   
that rate at 20,000 cycles.  It should be recalled that 
during fatigue pre-cracking the loads applied were 
just 75% of the actual loading simulating SL 
conditions. 

 

4 Conclusion 

Full-scale fatigue test was performed using a retired 
Boeing 727 fuselage panel with bonded repairs 
subjected to realistic flight load conditions.  The 
effect of stiffness of the single-sided bonded 
Boron/Epoxy (B/Ep) composite patches on the 
fatigue crack growth in the aluminum fuselage skin 
was studied. Two extreme scenarios were 
considered, one using a ‘stiff’ B/Ep patch and the 
other a ‘compliant’ B/Ep patch. Both patches 
experienced bending at the boundary during the 
curing process and during fatigue loading, with the 
‘stiff’ B/Ep patch experiencing larger bending than 
‘compliant’ B/Ep patch. Further, the fatigue loading 
caused inward deformation of the mid bay region 
causing high compressive strains at the center of 
‘stiff’ B/Ep patch. Due its low stiffness, there was 
little if any inward deformation at the center of the 
‘compliant’ boron/epoxy patch.  Instead, the patch 
center experienced tensile strains, which increased 
with the increasing fatigue cycles. As expected, the 
fatigue crack growth for the ‘compliant’ patch was 
rapid and progressed non-linearly, while for the 
‘stiff’ B/Ep patch, crack progression was slow and 
constant.  The results show that the ‘stiff’ B/Ep 
patch could significantly reduce the crack growth 

rate: In this study the difference was one order of 
magnitude at 20,000 cycles.  
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Fig. 1. Retired airplane and location of panel tested. 

 

 
Fig. 2. Panel configuration. 
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Fig. 3. Location of Repair patches. 

 

 
Fig. 4. Stiff-Boron/Epoxy (S-BE) and Compliant-

Boron/Epoxy (C-BE) patch configurations. 

 
 
 
 
 
 
 
 
 
 
 

 

 
Fig. 5. Strains during cure process for C-BE, 

showing inner skin tensile and outer skin 
compressive strains.  

 

 
Fig. 6. Comparison of residual thermal strains at the 
patch boundary for both  patches, recorded by two 
representative strain gages, showing lower thermal 
strains in the C-BE patch (strain gage location is 

indicated in the inserted schematic). 

 
Table 1. Summary of applied loads. 

Description (Test Phase, applied load, 
number of cycles) 

Load 
Phase 

Maximum Load 

Pressure 
(psi) 

Hoop 
(lb) 

Axial 
(lb) 

Frame 
(lb) 

Strain survey, 75% of SL Quasi-
static 6.7 7140 6675 1133 

Fatigue precracking, 75% of  SL Cyclic, 
R = 0.1 6.7 7140 6675 1133 

Fatigue, SL  Cyclic, 
R = 0.1 8.9 9520 8900 1510 
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Fig. 7. Comparison of bending at the patch boundary after 20,000 fatigue cycles for both patches, showing 
larger bending effect in the S-BE patch (locations of strain gages are indicated in the inserted schematic). 

 

 
Fig. 8. Strains at the center of the patches showing high compressive strain in the S-BE patch and high tensile 

strains in the C-BE patch (locations of strain gages are indicated in the inserted schematic). 
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Fig. 9. Strains at the vicinity of the patches throughout fatigue (locations of strain gages are indicated in the 

inserted schematic). 

 

 
Fig. 10. Strain field in the vicinity of S-BE patch 

(measured via DIC along three sections), showing 
that the skin at the patch boundary was under 
tension and center region under compression. 

 
Fig. 11. Strain field in the vicinity of C-BE patch, 
(measured via DIC along three sections), showing 

that both the skin at the patch boundary and the 
center of the patch were under tension. 
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Fig. 12. Images of S-BE repair patch captured using 
Flash Thermography system at 0 cycles at different 

time slices 

 

 
Fig. 13. Images of S-BE repair patch captured using 

Flash Thermography system at 60,000 cycles at 
different time slices 

 

 
Fig. 14. Images of C-BE repair patch captured 

using Flash Thermography system at 0 cycles at 
different time slices 

 

 
Fig. 15. Images of C-BE repair patch captured 

using Flash Thermography system at 20,000 cycles 
at different time slices 

 

 
Fig. 16. Fwd and aft half crack length for S-BE 

patch showing slow crack growth. 

 
Fig. 17. Fwd and aft half crack length for C-BE 

B/Ep patch showing rapid crack growth. 
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Fig. 18. Comparison of fatigue crack growth for S-

BE and C-BE patches 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
Fig. 19. Comparison of fatigue crack growth for  

S-BE and C-BE patches 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

     SiC continuous fiber reinforced SiC ceramic 

matrix composites (CMC) are of great interest as a 

structural material for hot section gas turbine jet 

engine components because of their high strength, 

low thermal conductivity and relative low density 

when compared to Ni-base superalloys. Toughness 

of SiC/SiC CMCs in these applications is a key 

consideration, and the strength and bonding 

characteristics of the fiber coating or interphase have 

a significant influence on the overall CMC 

performance. For example, Rebillat et al. [1] 

demonstrated that changes in the interphase strength 

and the bonding characteristics between the fiber 

coating and the fiber can potentially double the 

overall tensile strength of a SiC/SiC CMC with a BN 

coated fiber. Overall, the interphase has many 

functions including promotion of crack deflection 

when matrix cracks intersect the fibers, load transfer 

between the fibers and matrix and protection of the 

fibers from environmental attack. Optimizing the 

interphase properties for these multiple functions 

necessitates a detailed understanding of the fracture 

process at the fiber/matrix interface. 

     Multiple models have been proposed to predict 

crack propagation versus deflection at the filament 

scale in CMCs. Based on the principles of fracture 

mechanics, He and Hutchinson [2] assuming an 

isotropic material defined the criterion for crack 

deflection at the fiber-matrix interface according to 

  

  
 

  

  
    [1] 

where    and    are the energy release rates for 

deflection and propagation and    and    are the 

critical energy release rates or surface energies for 

the fiber and for a deflecting crack at interface 

between two semi-infinite planes. Later Martinez 

and Gupta [3] included the effect of anisotropy and 

showed that the energy for a doubly deflected crack 

is higher than that for a singly deflected crack in 

certain cases. He at al. [4] later corrected their result 

for the doubly deflected crack and also considered 

the influence of residual stress. Tullock et al. [5] 

performed numerical calculations which showed 

similar results. Additionally, Ahn et al. [6] 

numerically considered the influence of crack 

extensions with the same criteria defined in Equation 

1 and predicted that crack deflection requires more 

energy for finite crack extension and finite fiber 

volume fraction than previously shown in the limit 

of zero fiber volume fraction or infinitesimal crack 

extension as calculated analytically by He at al. [4]. 

However, none of these approaches account for the 

presence of an interphase region of finite thickness. 

Consideration of the interphase by  Martin et al. [7], 

via fracture mechanics implemented in a finite 

element model predicted enhanced crack deflection 

in the presence of a interphase with low toughness at 

the fiber-interphase interface. Additionally, in the 

absence of an interphase, they predicted that crack 

deflection is enhanced if the toughness of the matrix 

is less than that of the fiber; previous studies 

neglected any toughness mismatch between the fiber 

and matrix. Effect of interphase modulus was 

confirmed by Parthasarathy et al. [8] using FEM, 

who also reported an additional effect from the 

thickness of the interphase layer. 

     Although these previous studies offer some 

insight into the fundamental damage process at the 

scale of the individual fibers, these models consider 

only one single dominant crack intersecting the 

fiber-matrix or matrix-interphase interface. In a 
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variety of materials, secondary debonding or 

cracking at the interphase or at interphase 

boundaries at some distance in front of the primary 

crack has been observed, which results in retarded or 

arrested growth of the primary crack [9-12]. In fact, 

such a crack deflection mechanism was postulated 

much earlier by Cook and Gordon [13]. Here 

interfacial debonding was predicted ahead of the 

crack tip as a result of the stress component parallel 

to the crack plane     if the interface is sufficiently 

weak.  For an elliptical crack,     is maximal at a 

distance ahead of the crack tip on the order of the 

crack tip radius. Pagano and Brown [10] simulated 

cracking with and without the secondary cracking or 

interfacial debonding mechanism and predicted 

much higher energy release rates in the case of 

debonding of the interface ahead of the crack tip. 

Additionally Pompidou and Lamon [14], used the 

basis of the Cook and Gordon model [13] to estimate 

the propensity for the interface ahead of the crack tip 

to debond based on the elastic mismatch and relative 

strengths of the fiber and matrix. Even though these 

approaches considered secondary cracking in the 

interface, the finite interphase thickness was not 

considered. Additionally, the Cook and Gordon 

model [13], which was the basis of the model by 

Pompidou and Lamon [14], assumes an elliptical 

crack with finite radius. In reality, matrix cracks are 

not elliptical and can be quite sharp, resulting in a 

much different stress state ahead of the crack tip. 

Finally, depending on the strength of the interphase, 

bonding between the matrix and interphase or 

interphase and fiber, cracks perpendicular to the 

crack plane can initiate in the interphase further 

ahead of the crack tip than where     is maximum. 

     In this work, the extended finite element method, 

XFEM, [15-17], implemented in Abaqus, [18], is 

employed to study fiber/matrix crack deflection in 

SiC/SiC CMC with a BN coating over the fibers. 

Unlike the above treatises, the weak fiber coating is 

explicitly modeled as having a finite thickness. 

Material properties of a commercially produced 

SiC/SiC CMC (HiPerComp®) were taken as the 

basis for the simulations with different variations of 

strength for matrix, coating, and fiber. Simulations 

were performed in 2D using plain strain elements. 

Preliminary simulations were also performed with 

3D continuum elements. Reduced integration was 

not employed in any of the simulations. The fracture 

energy of the interface between the 

matrix/interphase and interphase/fiber was taken to 

be the same as the interphase (the weakest phase). 

2 Simulation Strategy 

     In the simulations performed here, the fiber 

(SiC), matrix (SiC) and fiber coating (BN) were 

explicitly modeled with the strength of the matrix 

being less than that of the fiber as shown 

experimentally, [19]. Initial crack (or crack like 

defects in 3D simulations) was incorporated to study 

crack propagation characteristics as the cracks 

approach the fiber/matrix interface. Loading in all 

the simulations was strain-controlled with uniform 

displacements applied on the boundaries parallel to 

the initial crack. All the other boundaries were 

traction free. 

Table 1. Properties of HiPerComp® SiC-SiC 

CMCs [19]. 

Matrix 

Elastic properties  E=360 GPa  ,  ν=0.185 

Initiation stress σI=0.8 GPa  (maximum 
principal) 

Fracture energy 36 J/m2 

Tolerance 0.05;  Damage stabilization 0.005 

Coating (BN) 

Elastic properties E=10 GPa ,  ν=0.05 

Initiation stress σI=75 MPa  (maximum 
principal) 

Fracture energy 5 J/m2 

Tolerance 0.05;  Damage stabilization 0.01 

Fiber 

Elastic properties  E=380 GPa ,  ν=0.185 

Initiation stress σI=2.6 GPa (maximum principal) 

Fracture energy 50 J/m2 

Tolerance 0.05;  Damage stabilization 0.005 
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CRACK PROPAGATION/DEFLECTION IN THE INTERPHASE OF SIC/SIC CERAMICS MATRIX 

CONTINUOUS FIBER REINFORCED COMPOSITES 

     Basic properties of the SiC/SiC CMCs were 

assumed to be those similar to that of the melt-

infiltrated processed HiPerComp® material produced 

by GE Aviation [19]. The material properties employed in 

the simulations are summarized in Table 1. To evaluate 

the influence of damage initiation and propagation 

parameters on the behavior of the system a range of 

strengths were considered for the matrix and the 

fiber coatings. These values are given in  Table 2. 

Table 2. Variants of damage parameters 

 σI Fracture 
energy 

Matrix 0.4 GPa 

0.8 GPa 

1.2 GPa 
 

 

36 J/m2 

Coating 50 MPa 

75 MPa 

100 MPa 

150 MPa 
 

5 J/m2 

10 J/m2 

15 J/m2 
 

Fiber 2.6 GPa 50 J/m2 

     Damage initiation is predicted base on a 

maximum principal stress initiation criterion. The 

numerical values of the initiation stresses for 

different materials used in simulations are given in 

Tables 1 and 2; these values are referred to as 

“strengths” of respective materials. Cohesive laws 

govern crack evolution, and fracture energy is the 

chosen parameters of cohesive laws employed. The 

numerical values of fracture energy for materials 

utilized in the simulations are given in Tables 1 and 

2. Note that fracture energy here defines the 

evolution law that describes the rate at which 

cohesive stiffness is degraded once the initiation 

criterion is met. Thus, this model cannot be directly 

compared to the classical fracture mechanics where 

crack propagation is determined by energy release 

rate.  

     The modeling is quasi-static, which requires 

viscous regularization to overcome convergence 

difficulties in ABAQUS Standard (i.e, with implicit 

integration). The material parameters for this 

stabilization are given in Table 1 (“damage 

stabilization”). In addition, a parameter “tolerance” 

is also employed. Specifically, if stress is within the 

tolerance from the crack initiation criterion, a crack 

will be initialized in an element, if the stress is above 

the tolerance limit, the time step will be decreased 

until the tolerance is met. 

     As can be seen in Table 1, there is a variety of 

mechanical parameters the system’s state depends 

upon, in addition to the geometric characteristics. 

The focus of this work was on the crack initiation 

and evolution parameters of the coating and the 

matrix. Fiber properties were not varied between any 

of the simulations. The thickness of the coating was 

taken to be 1 μm and did not change between 

simulations. The maximum principal stress criterion 

results in the crack initiating as close to the upper 

boundary of the coating layer as is possible (i.e., in 

the middle of the upper layer of elements in the 

coating layer). Thus, the simulations exhibit a slight 

mesh size dependence, which was observed to 

decrease as the element size was reduced. 

The commercial FEA software package 

ABAQUS 6.12 was used for all of the simulations in 

this work. It is noted, however, that the 

implementation of XFEM in ABAQUS does not 

allow crack coalescence. This limitation did not 

allow simulation of the primary crack to join with 

the secondary cracks that initiated in the coatings. 

Instead, once the primary crack propagates to within 

an element or two of the secondary crack, either the 

primary crack continues to propagate in an unnatural 

manner (e.g. parallel to the coating), or arrays of 

additional cracks appear in the coatings that 

eventually propagate into the fiber. This behavior 

occurs because the elements between the tip of the 

main crack and the secondary crack become rigid, 

since no crack coalescence is numerically possible in 

the simulation. Because of this limitation of the 

XFEM implementation in ABAQUS, results of the 

simulations were only considered up to the point 

where the primary cracks grew to within 2 elements 

of the secondary crack. 

3 Results/Discussion 

     For the applied loading and boundary conditions 

described above, the simulations in all cases 
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predicted secondary cracking at a finite distance 

ahead of the primary crack in the weak BN fiber 

coating. These secondary cracks that initiated in the 

BN fiber coating are then predicted to grow into the 

matrix as the primary matrix crack continues to 

propagate toward the interface between the matrix 

and fiber coating ahead of the secondary crack.  

     Typically, the following stages were observed in 

the 2D simulations with plane strain elements. 

1) Growth of the primary crack 

2) Secondary crack initiation in the coating 

ahead of the primary crack tip. 

3) Crack propagation of the secondary crack 

growth in the coating until crack intersects 

with the matrix/fiber coating boundary. The 

primary crack continues to propagate but at 

a reduced rate. 

4) The primary crack continues to propagate. 

The secondary crack does not transition into 

the matrix until the main grows to within a 

distance of the fiber coating on the order of 

the thickness the coating to about half of 

that width (1 μm). 

5) At this point, the secondary crack starts to 

propagate into the matrix, with infinitesimal 

change in the applied displacement. 

Some of the simulations proceed significantly 

further than the last stage described, however, as 

discussed previously the results are not physically 

meaningful when the main crack propagates to 

within a few elements of the secondary crack due to 

the limitations of this particular implementation of 

XFEM in ABAQUS that does not allow crack 

coalescence. 

     As far as the simulations were able to progress 

with the noted limitation of not being able to 

simulate crack coalescence, the simulations 

demonstrated that secondary cracking ahead of the 

primary crack tip in the fiber coating is an effective 

crack deflecting mechanism. The predicted response 

is not captured by the Hu-Hutchinson [2, 4] model 

and is oversimplified by the model of Cook and 

Gordon [13] or Pompidou and Lamon [14]. For 

example, Figure 1 shows that the fiber coating can 

initiate a secondary crack even when the 

approaching crack is at a distance much greater than 

the radius of the crack tip. This contradicts Cook and 

Gordon’s result that the influence of the crack in the 

matrix is limited to a process zone on the order of 

the crack tip radius [13]. Additionally, Figure 2 

illustrates that the cracking mechanism in 3D arrays 

of multiple fibers distributed throughout a volume 

can be quite complex with multiple secondary cracks 

initiating ahead of the primary crack tip. 

 

 

 

(a) 

 

 

 

(b) 

 

 

Figure 1. 2D XFEM simulation of SiC/SiC CMC 

showing crack approaching fiber matrix interface 

with secondary crack initiating finite distance 

from the crack tip in the BN fiber coating; (a) 

initiation of the crack; (b) growth of the 

secondary crack into the matrix deflecting the 

main crack form the fiber 
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Figure 2. 3D XFEM simulation of SiC/SiC CMC 

showing cracks initiating in in the BN fiber 

coating when loaded in the transverse direction 

(i.e., normal to the fiber direction). 

 

 

 

 

Matrix strength 0.4 GPa 

Coating strength 75 MPa 

Fracture energy (coating) 10 J/m2 

(a) 

 

 

Matrix strength 1.2 GPa 

Coating strength 50 MPa 

Fracture energy (coating) 5 J/m
2 

(b) 

Figure 3 . Displacement in the direction normal 

to crack for two different simulations 

     The distinctive chevron cracks observed in Figure 

1 and Figure 3 resulted from the maximum principle 

stress crack initiation criterion employed in these 

simulations. Similar en echelon cracking has been 

observed experimentally [20-23]. In these instances, 

this cracking mechanism was observed to be 

localized within the fiber coatings and did not 

propagate into the matrix. In contrast, for the 

simulations performed here, the secondary crack 

propagated into the matrix when the applied strain 

exceeded a certain magnitude. We note that the 

simulated volumes were quite constrained and that 

the applied boundary conditions of these 2D plain 

strain simulations might not be representative of 

what actually occurs in 3D. It is also possible that 

the crack initiation and propagation criterion of max 

principle stress is not representative of the actual 

failure mode. Shear dominated failure modes could 

produce an alternate response. It is noted that the en 

echelon cracking observed experimentally was 

largely attributed to a Mode II type shear 

mechanism. Regardless, we consider the 

mechanisms observed here relative to the insight that 

can be gained from the relative properties for the 

applied boundary conditions and maximum principle 

stress failure criterion. Future work will consider a 
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wider range of boundary conditions along with other 

crack initiation and propagation criteria. 

     To effectively compare the influence of the 

relative strengths of the matrix and fiber coating, a 

quantitative parameter was desired that would 

describe the relative effect of the different 

constituent strengths of the matrix and fiber coating 

that were considered. Although various energy 

approaches were considered, the primary measure of 

the influence of the relative constituent strengths of 

the matrix and fiber coating on secondary crack 

initiation and propagation was based on the length of 

the secondary matrix cracks measured perpendicular 

to the primary crack plane at the point in the 

simulation where the primary crack had propagated 

to within a few elements of the secondary crack.  

 

Figure 4. The dependence of secondary crack 

length from the primary crack plane is given 

relative to the coating strength. The different 

matrix strengths are indicated in the legend. 

     The justification for use of this distance can be 

given with the following example. Compare the 

simulation in Figure 3(a) with a matrix strength of 

0.4 GPa, coating strength of 7.5 MPa, and fracture 

energy (coating) of 10 J/m
2
 to the simulation in 

Figure 3(b) with a matrix strength of 1.2 GPa, 

coating strength of 5 MPa, and fracture energy 

(coating) of 5 J/m
2
. The overall strain in the 

simulation shown in Figure 3(a) is about 30 percent 

lower than in simulation given in Figure 3(b), but 

the secondary crack that initiated in the coating and 

that has grown into the matrix is significantly longer 

in Figure 3(a) than Figure 3(b). As a result, the 

combined crack that forms when the primary crack 

coalesces with the secondary crack in Figure 3(a) is 

more likely to grow away from the fiber than in 

simulation Figure 3(b) because of the additional 

leverage provided by the longer crack branches. By 

this argument, the distance between the main crack 

plane and the crack tip of the secondary cracks is 

hypothesized to be an indicator that can be 

employed to quantify the differences between the 

simulations and how much deflection potential is 

provided by the formation and propagation of the 

secondary cracks.   

     By employing this criterion based on the length 

of the secondary crack, comparisons can be made as 

to the influence of the relative strengths of the 

matrix and fiber coating on the overall response. For 

example, as seen in Figure 4, for the simulations 

performed here, the difference in the matrix strength 

is more significant than the difference in the coating 

strength, although a closer look at the curves for 

matrix strengths of 0.8GPa and 1.2GPa suggests a 

slight increase with the increase in the coating 

strength.  

 

 

Figure 5. The dependence of the distance between 

coating and the tip of the primary crack is given 

relative to the coating strength. The different 

matrix strengths are indicated in the legend. 

     An alternate method to analyze the simulations is 

to look at the applied strains or distances marking 

transitions between different regimes of deformation 

listed previously. For crack initiation, the distance 

from the primary crack plane is given in Figure 5 

and applied strain is given in Figure 6 as a function 

of the various constituent properties. 
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     The data in Figure 5 and Figure 6 is also grouped 

by the matrix strength. However, it can be observed 

similar to that in Figure 4 that the difference 

between matrix strengths 0.8 GPa and 1.2 GPa has 

less of an influence on the response that than 

between the matrix strengths of 0.4 GPA and 0.8 

GPa, respectively. It is pointed out in Figure 5 that 

for most of the simulations performed the secondary 

crack initiates in the coating at distances greater than 

the coating width (i.e., 1 μm). Another significant 

change in the deformation regime occurs at the point 

of “transition” where the secondary crack begins to 

propagate into the matrix. It is also significant that 

the tip of the primary crack in most of the 

simulations does continue to propagate closer to the 

secondary crack until the simulation becomes not 

physically meaningful or that the applied strain 

changes only infinitesimally; this suggests unstable 

crack growth. It is noted that the simulation is quasi-

static and artificial viscous stabilization was 

employed in ABAQUS to promote convergence of 

the solution. 

 

 

Figure 6. The dependence of applied strain at 

secondary crack initiation is given relative to the 

coating strength. The different matrix strengths 

are indicated in the legend. 

 

     The dependence of applied strain at which 

secondary crack moves into matrix (“transition” 

strain) is given relative to the coating strength in 

Figure 7. It can be observed that Figure 7 exhibits 

some correlation with Figure 4, which demonstrates 

the dependence of the increased length of the 

secondary crack on the coating strength. Longer 

secondary cracks correspond to a lower “transition” 

strain or strain at the point the secondary crack 

begins to propagate into the matrix. Thus, the 

“transition” strain can be used for quantification in 

the same manner as the length of the secondary 

cracks relative to the plane of the primary crack.  

4. Conclusions 

     A numerical study of the classical problem of 

crack propagation/deflection at an interface of 

dissimilar materials presented in this paper is 

observed to be quite complex. For the strengths of 

matrix fiber and coating chosen, the failure is always 

ahead of the crack tip and in the coating.  

     Numerical simulations with the FEM can produce 

results that are more representative of reality than 

analytical models, but the results can be difficult to 

interpret. Therefore, understanding the results is not 

straightforward, and requires parametric studies and 

quantification metrics that are not always obvious. 

   Figure 7. The dependence of applied strain at 

which secondary crack moves into matrix 

(“transition” strain) is given relative to the 

coating strength. The different matrix strengths 

are indicated in the legend. 

    The XFEM implementation in ABAQUS has been 

proven quite useful in the presented analysis, but it 

has its limitations. This is especially due to the 

inability of the approach to account for crack 

coalescence. As a result, more effort was required in 

the analysis of the results. More complicated 3D 

simulations to study deflection at cylindrical coated 

fibers are in progress and have been demonstrated, 
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but are quite challenging due to the previously cited 

limitations of the current implementation of XFEM. 

    In the presented study the parameter set was 

chosen to represent the melt-infiltrated SiC/SiC 

CMC HiPerComp®. Simulation results consistently 

predicted secondary crack initiation inside the 

interfacial coating at a significant distance in front of 

the primary crack. For the chosen set of parameters 

that were varied, the one that was predicted to have 

the greatest influence on the crack deflection 

mechanism was found to be the matrix strength, 

which was in all cases about an order of magnitude 

stronger than the fiber coating.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Fiber failure in the laminated composite materials is 
the ultimate catastrophic mode of failure. It is often 
precipitated by matrix damage such as cracking and 
delamination which has a significant effect on both 
initiation and propagation of fiber failure. 
Availability and rapid increase of computer power 
has enabled recent successes in the development of 
the discrete damage modeling (DDM) technique [1]-
[3], which is based on the direct simulation of 
displacement discontinuities associated with 
individual instances of matrix cracking occurring 
inside the composite plies, and delaminations at the 
interfaces between the plies. On the other hand, a 
Weibull distribution has been found to well describe 
the size effect of the fiber direction tensile strength 
in unidirectional composites, as shown in Ref. 
[4],[5].  It has also been shown in the above 
references, that the application of the Weibull 
integral approach to fiber failure prediction, in 
conjunction with the matrix cracking and 
delamination modeling in laminated composites, is 
capable of predicting open hole strength in a range 
of hole sizes and stacking sequences in quasi-
isotropic laminates. However, these methods were 
applied in situations when initiation of the fiber 
macro-failure coincided with the final failure of the 
composite coupon, and were not extended to 
simulate the fiber failure progression.  Continuum 
damage mechanics (CDM) methods, however, offer 
a framework to perform progressive failure 
simulation in the fiber direction, albeit not including 
the statistical nature of fiber failure mechanism in 
the consideration at all. In the present paper we will 
apply the two approaches, CDM and Weibull 
integral, to open hole strength prediction in quasi-
isotropic laminates in conjunction with DDM.  
 
 

2 Damage Modeling 

2.1 Matrix cracking and Delamination 

The DDM approach consists of mesh-independent 
modeling of matrix cracks in each ply of the 
laminate, and modeling the delamination between 
the plies by using a cohesive formulation at the ply 
interface.  The matrix cracks are modeled by using 
the regularized MIC formulation [1]-[3], termed Rx-
FEM. The regularized formulation deals with 
continuous enrichment functions, and replaces the 
Heaviside step function with continuous function 
changing from 0 to 1 over a narrow volume of the so 
called gradient zone. The formalism tying the 
volume integrals in the gradient zone to surface 
integrals in the limit of mesh refinement was 
discussed in [1] and [3] . The simulation begins 
without any initial matrix cracks, which then are 
inserted based on a failure criterion during the 
simulation.  The LaRC03 [6] failure criterion is 
chosen in the present work. The propagation of each 
MIC is performed by using cohesive zone 
formulation [7]. Note that the delamination between 
the plies is facilitated by using cohesive zone 
elements preinstalled on each ply interface and is 
simulated by using the same cohesive zone 
formulation [7].  A schematic of the process is 
shown in Fig. 1. After the failure criterion is met at a 
certain location a matrix crack is added by using Rx-
FEM. Next, the load is increased and the program 
enters a nonlinear iteration step at which the 
cohesive zone model associated with the inserted 
crack(s) is opened.  After convergence is achieved 
the failure criterion is checked again for new crack 
insertion. At the same time the fiber failure 
criterion is checked. In the case of the Weibull-
based statistical criteria (Critical Failure 
Volume – CFV), described in the next section, 
we check for final failure. If failure is not 
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predicted, the load is increased and the 
computation continues. If failure is predicted, 
the simulation is stopped and the current load 
level recorded as failure load. This corresponds 
to the left branch in Fig. 1. In the case of 
progressive fiber failure, also presented in the 
next section, the computations continue until the 
specimen stops carrying the applied load. In this 
case the element properties are degraded and 
new equilibrium obtained in the process of 
nonlinear iterations. 
 

 
 
Fig. 1. Solution algorithm 
 

2.2 Fiber Failure Simulation  

 
A. Critical Failure Volume method   

Volumetric scaling of the fiber direction strength 
is experimentally verified to follow the Weibull 
distribution as following: 

















 01),( V

V

eVf  

 
 
(1) 

 
where  and  are the Weibull parameters defining 
the scatter and mean of the distribution, V and V0 
are the specimen volume and the control volume 

respectively, and  is the fiber direction stress. The 
idea of the CFV method is to apply scaling, as in 
Eqn. (1), to various subregions of the composite 
with nonuniform stress field and find the subregion 
with the maximum failure probability. Two 
considerations are required to achieve this goal. 
First, one needs to define the probability of failure 
for a volume with nonuniform stress distribution, 
and second, develop a procedure for the systematic 
search of the subvolumes.  The assumption, which 
we will use to evaluate the probability of failure in 
the nonuniformly loaded regions, states that Eqn. (1) 
provides a lower bound of probability of failure of a 
specimen with nonuniform stress distribution, if the 
stress in each point is higher or equal to . Thus the 
probability of failure P of a nonuniformly stressed 
specimen with stress distribution xcan be 
estimated as:  
 
  
 ),( VfP u ,  

( 2) 

if  
))((min x

x


V
u 
 . ( 3) 

 The idea of the search for the most likely 
failure subvolume is to parameterize the entire 
volume of interest by introducing a function v(), 
which is equal to the volume of the material, which 
has a fiber direction stress higher than , <M and 
M is the maximum value of stress in the entire 
coupon. We will assume that M is finite. By 
substituting the function v() into Eqn. (1) one 
arrives at:  
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which allows to compute the probability of failure 
for any overstressed subvolume. In most cases, the 
maximum stress value is achieved at some point, i.e. 
v(M)=0 therefore f(M)=0. The critical failure 
volume by definition is then defined by a stress 
contour c such that  
 

f(c)=max f() for all <M 

 

( 5) 
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 We refer the reader for more details to 
references[10][11] for existence of f(c), which we 
will further denote as fc= f(c). Note [11] that if the 
volume v(c) has an in-plane dimension 

hvl cc /)( , which is on the order of Rosen’s 

characteristic length   then the maximum value in 
Eqn.( 5) is taken not over all stress values, but is 
limited to stress values such that v() has 
corresponding dimensions lc>6
 In the original CFV concept, it is assumed that fc 
is the probability of failure of the entire specimen 
because if a finite subvolume suffers fiber failure; 
then it was assumed that the entire specimen cannot 
sustain anymore load. The remaining question is 
selecting the value for probability of failure for 
computing the failure load.  A common approach in 
this case is not assigning a specific value of the 
probability of failure, but instead computing the 
value of fc so that the applied load is equal to the 
average failure load for the Weibull distribution, i.e.  
 

  111)1ln( /1 





  




cf  (6) 

 
Thus the failure load is defined as the applied load at 
which the failure probability fc of CFV satisfies Eqn. 
(6).  
 
B. Continuum Damage Mechanics (CDM) 
  Fiber failure is the only damage mode simulated 
by using CDM in the present work, so that the 
stiffness tensor at a given stress level is defined as 
C=(1-d)C0, where C0 is the initial stiffness.  The 
damage variable, d, is defined based on the stress 
strain relationship proposed in Maimi et al. [8],[9] 
and is shown in Fig. 2.  Determination of the 
numerical values of the parameters defining the 
cohesive curve in Fig. 2 for IM7/8552 material 
system used in the present analysis including the 
fracture toughness, GXT=81.5 N/mm and coefficients 
fXT=0.2, fGT=0.4 as well as the characteristic length, 
has been addressed in[9]. The initiation stress value, 
Xt, represents the fiber direction strength measured 
on standard unidirectional coupon type tests. This 
value depends on the volume of the coupon and for 
IM7/8552 follows the Weibull distribution with the 
modulus of =40. Thus the specific value used for 

simulation with CDM is not entirely defined. In our 
simulations, we will use three values of the failure 
initiation strength: reduced Xt=2.4GPa, nominal 
Xt=2.82GPa obtained for a typical 8-ply 
unidirectional coupon with total volume of 
V0=1946mm3 and adjusted Xt=3.4GPa , which is the 
nominal strength that has been scaled for a 1mm3 of 
stressed volume. 
 

 
Fig. 2.  Schematic of the Uniaxial Response in 

Longitudinal Tension in the Fiber Direction 
Described in Maimi et al. [8]  

 
 

PROBLEM STATEMENT AND 
MATERIAL PROPERTIES 

An open hole coupon with central 6.35 mm 
diameter hole is considered. The length in x –
direction is equal to 152 mm, the width in y 
direction is 38 mm and each ply is 0.127 mm 
thick in z-direction.  Tensile loading in the x-
direction is applied by incrementing the 
displacement ux at the edges x=0,L, so that 
 
ux

i(0,y,z)= ux
i-1(0,y,z)-i and ux

i(L,y,z)= 
ux

i-1(L,y,z)+i 
(7)

  
where i is a constant and i is the loading step 
number. Such incremental formulation is 
required to properly account for the thermal 
curing stresses prior to the mechanical loading. 
The displacement field ux

0
 appearing in equation 

(7)  is computed by solving a thermal-
mechanical expansion problem under boundary 
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conditions which simulate free expansion and 
only restrict rigid body motion, i.e. 
 
ux

0(0,0,0)=0, uy
0(0,W,0)=0 and 

uz
0(x,y,0)=0. 

 

(8)

The incremental loading boundary conditions 
(7) are supplemented with constraint conditions 
on the other displacement components at the 
lateral edges x=0 and L, so that 
 

uy
i(0,y,z)= uy

0(0,y,z) and uy
i(L,y,z)= 

uy
0(L,y,z), 

uz
i(0,y,z)= uz

0(0,y,z) and uz
i(L,y,z)= 

uz
0(L,y,z), 

(9)
 

Unidirectional ply properties used for 
analysis are shown in Tables I, II and III. These 
properties were used for baseline strength 
predictions and as the average values for 
random spatial variation.  

 
 
 
 
 
 

TABLE I. NOMINAL UNIDIRECTIONAL 
STIFFNESS AND STRENGTH PROPERTIES 

FOR IM7/5250-4 
 

E1 165 GPa 
10.3 GPa 

G12 5.79 GPa 
G23 3.31 GPa 
ν12 0.31  
ν23 0.56  
Yt  66 MPa 
S  123 MPa 
Yc 248 MPa 

 
 

TABLE II. PROPERTIES USED IN COHESIVE 
LAW 

K         2.71E+8 N / mm3 
G1c 0.225 N / mm 
G2c 0.6225 N / mm 
Yt 66 MPa 
S 122 MPa 

 
TABLE III. PROPERTIES USED FOR FIBER 

FALIRE PREDICTION 
XT             2.827 GPa 
V0 1966 mm3

α 40  
lc 0.266 mm 

  
 
 

3. Results and Discussion 
 

A. Critical Failure Volume Criterion  
Based Predictions 

 Simulations were performed by using an in-
house software called the B-spline Analysis 
Method (BSAM) [12] where the Rx-FEM 
methodology is implemented, with meshes 
generated by Abaqus/CAE. In all simulation 
cases in the present manuscript the load 
displacement curve was linear up to fiber 
failure. Fig. 3 shows the load displacement 
curve for laminates A ([45/0/-45/90]s) and B 
([0/45/90/-45]s). The solid and doted gray lines 
on the same figure show the fiber failure loads 
corresponding to the probability of fiber failure 
in Eqn. (6) for the two laminates respectively.  
As explained earlier, the laminate failure occurs 
when the applied load becomes equal to the 
fiber failure load. At applied load of 
approximately 350 MPa the fiber failure load in 
the two laminates is approximately the same and 
slightly over 500 MPa. It means that if the state 
of matrix damage was frozen and the load 
increased to 500 MPa both laminates would fail 
at the same load level. As can be seen, with 
further increase in the applied load and 
subsequent matrix damage evolution, the fiber 
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failure loads for the two laminates diverge and 
that for the “B” laminate becomes considerably 
higher. 
 The tensile strength prediction results are 
summarized in Table IV. While the weaker 
laminate simulation is slightly above one 
standard deviation from the mean, the stronger 
laminate simulation is very close to the 
experimental mean strength value.  Snap shots 
of matrix damage distribution at the applied 
load level of 350 MPa at which the matrix 
damage starts affecting the fiber failure and at 
the load level corresponding to failure for the 
two laminates are shown in Fig. 4. The 
snapshots show dominance of 90° and -45° 
matrix cracking in “A” and “B” laminates 
respectively, which is explained by double 
thickness of the respective plies at the mid-
surface and their subsequent higher propensity 
to matrix cracking, which is captured by 
fracture mechanics nature of DDM simulation. 
In Fig. 5 the close up images of damage patterns 
at 414 MPa and 508 MPa for “A” and  
 

 
 

Fig. 3. Traction-Displacement Curve with CFV 
predictions 

 

 
 

 
 

Fig. 4. Predicted matrix damage in uniform material 
properties simulations at (a),(c) CFV initiation point and 

(b),(d) failure load of the quasi-isotropic laminates 

Matrix damage 
begins affecting 
 the fiber failure 
load 

“A” laminate 
failure load

“B” laminate 
failure load 
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Fig. 5. Comparison between experimental and simulated 
damage patterns for the two laminates at 414 MPa (a-b) 

and 508MPa (c-d). 
 

”B” laminates are compared with planer X-Ray 
images from Ref. [11]. The following color 
scheme is used for delaminations in “A” and 
“B” laminates respectively, brown: 45/0 and 
0/45; green 0/-45 and 45/90; and blue -45/90 
and 90/-45.  In both cases the delaminations are 
highly localized near the hole edge, however the 
extent of simulated delamination is larger than 
seen in the experiment. A critical factor 
contributing to fiber direction stress 
redistribution near the hole edge is the splitting 
in the 0° plies. The predicted length of splits is 
very consistent with experiment. Note that the 
images of splits in the “A” laminate simulation 
are mostly covered by the shading of 
delamination at the 45/0 interface. However, the 

difference in length between the splits in the two 
laminates is clearly seen and matches the experiment 
well. 

 
 

TABLE IV: CFV PREDICTION OF TENSILE 
STRENGTH (MPa) 

 
Layup Experiment[11] Simulation 

[45/0/-45/90]s 468.5 ± 3.9% 492 
[0/45/90/-45]s 560.7 ± 5.6% 559 
 

B. Continuum Damage Mechanics Based 
Predictions. 

 
The results of strength prediction in the “A” and “B” 
laminates by using progressive fiber failure analysis 
combined with CDM are shown in Table V and Fig. 
6 and 7 respectively. The CDM predictions  
 

 
 

Fig. 6. “A” laminate strength predicted by using CDM 
with different initiation stress values 

 
TABLE V: CDM PREDICTION OF TENSILE 
STRENGTH (MPa) 
 

Initiation 
Strength Xt 

[45/0/-45/90]s 

“A” 
[0/45/90/-45]s 

“B” 
2.4  441 448 

2.87  
3.4 

448 
458 

470 
478 
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Fig. 7. “B” laminate strength predicted by using CDM 
with different initiation stress values 

 
exhibit remarkable independence from the initiation 
stress, which is an important characteristic of the 
model. Note that the propagation parameters, such as 
the fracture toughness GXT and parameters fXT and 
fGT were used the same as in [8] obtained for 
IM7/8552 material. The strength values predicted for 
the “A” laminate are also very close to experimental.  
What is different, however, is the significant under 
prediction of the strength in “B” laminates. The “B” 
laminate strength is very close to that of “A” 
lamintes, which contradicts experimental data. A 
possible explanation of this disagreement is in the 
interaction of progressive fiber failure and DDM and 
specifically the load levels at which the matrix 
damage occurs in comparison to fiber failure. The 
splitting and delamination, which delay the fiber 
failure takes place at loads very close to final failure 
as seen on Fig. 3. Indeed for the “B” laminate the 
stress relief does not occur before 500MPa. The load 
levels at which the initiation stress is exceed in the 
CDM analysis are significantly lower and therefore 
create the possibility of having a “fiber pre-crack” 
which will propagate regardless of the stress relief. 
A variant of CDM with statistical scaling of initial 
strength is suggested to alleviate this problem. 
 
4. Conclusions 
A finite element method and software implementing 
Rx-FEM approach and allowing modeling of 
complex interactive networks of matrix cracks and 

delaminations are developed.  The regularized 
formulation preserves the element Gauss integration 
schema for arbitrary cracking direction, and allows 
straightforward connections between neighboring 
plies with different orientations of properties and 
cracks.  A cohesive zone method is used to predict 
the matrix cracking and delamination evolution.  Ply 
level stiffness, strength, and fracture toughness 
properties measured in independent experiments are 
the only properties required for analysis.  
 
Strength prediction by using CFV statistical final 
failure criterion and progressive continuum damage 
mechanics criterion in combination with Rx-FEM 
discrete modeling of matrix damage was performed 
for two quasi-isotropic laminates.  The CFV based 
prediction showed reasonable correlation with 
experimental data for both laminates. It appeared to 
capture the effect of the stress relief in fiber 
direction due to matrix damage. The CDM based 
prediction showed remarkable agreement with 
experimental data for laminate “A” where the matrix 
damage was expected to have less effect on fiber 
failure. It, however, did not predict the notable 
difference in the strength of the two laminates. A 
possible combination of the statistical scaling of 
initial strength in CDM is recommended.   
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1 Introduction 
Continuous fiber reinforced thermoplastic (cFRTP) 
composites which can be manufactured with press-
forming are attracting attention recently in aircraft 
and automobile applications. However, cFRTP 
components have rather simple geometry due to the 
limited deformation allowed for the reinforcing 
fibers and high viscosity of the resin, and thus 
require joining as an indispensable step in the 
manufacturing process of cFRTP. Moreover the 
demand of on-site joining without facilities is also 
expected for a large-scale cFRTP structures. 
Conventional joining methods used for 
thermosetting composites such as mechanically 
fastening and adhesive bonding are not capable of 
applying for cFRTP components, because those 
methods have some drawbacks in strength and 
reliability, such as stress concentration and interlayer 
delamination. To solve the above-mentioned 
problems, the joining technologies such as ultrasonic 
welding, resistance welding and induction welding 
have been proposed for high performance cFRTP [1-
3]. However, these methods require the fixed 
equipment for electric power and pressing, and then 
it is associated with difficulty in utilizing for a large 
structures and complex shaped components. In this 
study, the electro-fusion welding behavior of UD-
CF/PPS and woven-CF/PPS laminates jointed using 
the Ni-Cr wire as a resistance heating element was 
investigated. 
 
2 Material and experimental procedure 
2.1 Materials 
The materials used for the experiment are two kinds 
of CF/PPS laminates (TenCate, CETEX®) as shown 
in Table 1. One has a unidirectional construction 
with a fiber content of Vf=60vol% (UD-CF/PPS), 

and the other has 5H sateen weave construction with 
a fiber content of Vf=45vol% (Woven-CF/PPS).  
 

Table1  Materials used for test specimen 
ID UD-CF/PPS Woven-CF/PPS 

Fiber 
content, Vf 

[vol%] 
60 45 

Reinforcing 
configuration Unidirectional 5H-sateen 

weave 
Stacking 
sequence [0]8 [0/90]4 

Surface 
image 

Fi
be

rd
ire

ct
io

n

  
 
2.2 Specimen and welding method 
Figure 1 shows the appearance of electro-fusion 
welding. The test specimens with W=20mm in width 
and L=70mm in length were prepared. The welding 
area is insofar as Lf=20mm from the end of 
laminates. A straight Ni-Cr wire with φ=0.2mm in 
diameter and Lw=30mm in length was mounted 
between laminates to work as the heating element. 
To investigate the effects of thickness of PPS films 
on electro-fusion behavior, the PPS films (Toray Co., 
Ltd., TORELINA®, tPPS=0.1mm) were inserted 
welding interface as shown in Figure 2. 
The test specimen was clipped by insulating plates 
made of ceramics and the superimposed voltage 
controlled by a AC converter (Yamabishi denki Co., 
Ltd., S-130-20) was applied to Ni-Cr wire. This 
made generate a joule heat in the joint interface 
between laminates, thus made melt the PPS resin 
around the Ni-Cr wire. To prevent an electric 
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leakage between the test specimen and electrode, 
polyimide film (Du Pont-Toray Co., Ltd., Kapton® 

Type H, 0.05mm in thickness) which possesses high 
heat resistance and electrical resistance was inserted 
as shown in Figure 1. 
In this study, three Ni-Cr wires were also used as 
heating element to expand the welding area. In such 
case, the distance of Ni-Cr wires (LNi-Cr) was 
changed from 1.0 to 6.0mm. 
 

CF/PPS laminates

Insulating plate

V

Pressure, P=6MPa

Copper plate

Polyimide film

Ni-Cr wire, φ=0.2mm

20 1

x
yz

Unit: [mm]

Electric voltage meter, E

AC power supply Switch

 
Fig.1 Appearance of electro-fusion welding device. 

 

tPPS

LNi-Cr

CF/PPS laminates z

yNi-Cr wire

PPS films

 
Fig.2 Insert method of PPS film and Ni-Cr wire. 

 
2.3 Evaluation method 
The images of joint surfaces peeled off after joining 
were imported with a scanner device (Epson Co., 
Ltd., ES-7000H), and the welding area (Aw) and the 
profile shapes of welding area were measured by 
image analysis as shown in Figure 3. The joint 
surfaces and cross-sectional surfaces were also 
observed with a scanning electron microscope 
(Keyence Co., Ltd., VE-7800). Test specimens were 
monitored on the top and side surfaces with an 
infrared thermography (Apiste Co., Ltd., FSV-1200) 
to predict a distribution of temperature rise of the 
joint part when it turned on electricity without 
loading pressure. 

x

y
Welding area, AW

Fiber direction  

x

y
Welding area, AW

Fi
be

r d
ire

ct
io

n

Weft direction

x

y
Welding area, AW

 
(a) UD θ=0º (b) UD θ=90º (c) Woven 

Fig.3 Measuring area for evaluation of welding area. 
 
The single lap shear strength (LSS) test was carried 
out to evaluate a joint strength of UD-CF/PPS θ=90° 
and woven-CF/PPS laminates by using universal 
testing machine (SHIMAZU CO., Ltd., AGS-X). 
Figure 4 shows appearance of lap shear strength test 
specimen. Before LSS testing, aluminum tabs were 
bonded to end of specimens with epoxy adhesive. 

20

60

20

Al tab

CF/PPS laminates

20

 
Fig.4 Geometry of single lap joining test specimen. 

 
The cross-head speed was v=1mm/min. The LSS 
was calculated by using two equations: 

wA
PActive =t              (1) 

LA
PApparent =t                      (2) 

where τ, lap shear strength [MPa]; Aw, welding area 
[mm2]; AL, overlap area [mm] and P, maximum 
tensile force [N]. The influence of inserted PPS 
films to welding interface was investigated using 
three Ni-Cr wires. 
 
3 Results and discussions 
3.1 In case of single Ni-Cr wire 
3.1.1 Effect of applied voltage 
Figure 5 shows the effects of applied voltage on the 
welding area at t=60s and tPPS=0mm. In both UD-
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CF/PPS and woven-CF/PPS laminates, the welding 
area tends to increase exponentially with increasing 
the applied voltage. This seems to be valid from 
Joule’s law which the heat is generated by the square 
of voltage applying through a conductor of electrical 
resistance for a time. However the electrical 
resistance is dependent on fiber reinforcing 
configuration, then the fusion area is affected by a 
varied heat quantity. In case of UD-CF/PPS θ=0°, 
the welding developed preferentially along the width 
direction of test specimen as shown in Figure 6 (a), 
because the Ni-Cr wire is mounted along the 
longitudinal direction of carbon fiber, and a current 
leakage is likely to occur from Ni-Cr wire to carbon 
fiber. When the voltage was applied over E=4.0V, 
PPS matrix vaporized along the fiber and the 
exposure of fiber are visible on the joint surface. It 
was impossible for over-current protection to test at 
the voltage applied over E=5.0V. UD-CF/PPS θ=90° 
exhibits smaller welding area than UD-CF/PPS θ=0° 
at any applied voltages. The welding area of UD-
CF/PPS θ=90° laminates was extended to 
Aw=280mm2 at E=8.0V, which Ni-Cr wire was 
heated to red heat in the joint interface. The area 
heated by Ni-Cr wire and area whitened by thermal 
deformation are visible in Fig.6 (b). It is considered 
that the joule heat arose in fiber bundles by leaking a 
current from Ni-Cr wire to the carbon fiber, and then 
melted area of PPS matrix was extended along the 
fiber direction and the fiber bundles spread laterally 
by pressing. In case of the woven-CF/PPS, on the 
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Fig.5 Effects of applied voltage on welding area. 

other hand, the welding area was increased rapidly at 
the lower applied voltages compared to the UD-
CF/PPS ones. The corners of a triangle marked at 
both sides and the resultant joint surface blacked as 
shown in Fig.6 (c). Therefore it is obvious that the 
welding area is affected remarkably by fiber 
configuration on the joint surface in addition to the 
applied voltage. 
 

Fiber direction

Exposure of carbon fiber

 

Fi
be

r d
ire

ct
io

n

Thermal deformation

 
(a) UD-CF/PPS θ=0° 

(E=5.0V) 
(b) UD-CF/PPS θ=90° 

(E=8.0V) 

5mm

Outflow of resin
 

(c) Woven-CF/PPS (E=5.0V) 
Fig.6 Images of joint surface peeled off after joining. 
 
3.1.2 Infrared thermography observation 
Figure 7 shows temperature distribution of CF/PPS 
laminate surfaces which were measured by infrared 
thermography. In case of UD-CF/PPS θ=0°, the 
temperature on laminate surface was higher  
(T >300ºC) along the Ni-Cr wires as shown in Fig.7 
(a). This is because it was heated by the joule heat in 
the carbon fiber. The heat transfer of UD-CF/PPS 
(θ=90°) to the fiber direction exhibits higher than 
UD-CF/PPS θ=0° one as shown in Fig.7 (b). The 
temperature on the laminate surface was about 
T=230ºC. In case of woven-CF/PPS laminates, the 
high temperature distribution of about T=230ºC is 
visible at at the edge of Ni-Cr wire. Also, the edge of 
Ni-Cr wire reached higher temperature than the 
center of laminate surface. 
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Fiber direction

400ºC

225ºC

50ºC
Fiber direction

400ºC

225ºC

50ºC
(a) UD-CF/PPS θ=0° (b) UD-CF/PPS θ=90° 

400ºC

225ºC

50ºC  
(c) Woven-CF/PPS 

Fig.7 Temperature distribution of laminate surfaces 
(E=4.5V, t=60s). 

 
3.1.3 Profile shapes of fusion area and cross-

sectional observation 
Figure 8 shows the profile shapes of a fusion area at 
various applied voltage t=60s. In case of UD-
CF/PPS laminates, the fusion area tends to increase 
uniformly along the fiber direction with increasing 
the applied voltage as shown in Fig.8 (a) and (b). 
When the fiber orientation angle was θ=90°, a width 
of melting line decreased near the edge of Ni-Cr 
wire because heat loss from the electrode (x=-10, 10) 
occurred. Also, in Woven-CF/PPS laminates under 
E=4.0V, it is observed significantly that the PPS 
resin was melted only near the edge of Ni-Cr wire as 
shown in Fig.8 (c). This is due to flow a current 
locally the electrode (x=-10, 10), and the leak 
current from the Ni-Cr wire occurred in an exposed 
area of carbon fiber. However, the welding area 
increased in the central part of welding surfaces (x=-
2.5~2.5) at E=5.0V where it was heated by the joule 
heat in the carbon fiber. Figure 9 shows the cross-
sectional SEM images of UD and woven-CF/PPS 
laminates applied at E=4.0V and t=60s. The UD-
CF/PPS laminates has many pores and the disarray 
of carbon fibers at the interface between Ni-Cr wire 
and laminates as shown in Fig.9 (a). To further 
improve the quality of welding interface, it is 
necessary to increase the resin content by adding a  
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(a) UD-CF/PPS θ=0° 
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(b) UD-CF/PPS θ=90° 
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(c) Woven-CF/PPS 
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Fig.9 Cross-sectional SEM images (E=4.0V, t=60s). 

 
resin film in the welding interface. In woven-
CF/PPS ones, on the other hand, any pores and 
defects are not visible as shown in Fig.9 (b). 
 
3.1.4 Electro-fusion mechanism  
 Figure 10 shows the mechanism diagram of electro-
fusion process of UD and woven laminates using 
single Ni-Cr wire. In the case of UD-CF/PPS θ=0°, 
(i) the current leakage is likely to occur from Ni-Cr 
wire to carbon fiber; (ii) the carbon fiber generated 
high joule heat around the Ni-Cr wire; (iii) a 
gasification and thermal degradation of PPS resin 
arose around the Ni-Cr wire. In case of UD-CF/PPS 
θ=90°, (i) immediately after conducting to Ni-Cr 
wire, the PPS polymer melted around the Ni-Cr 
wire; (ii) the heat transfer occurs in the carbon fiber 
direction after conducting. UD-CF/PPS θ=90° 
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Fig.10  Mechanism diagram of electro-fusion process. 
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occurred lower current leakage than UD-CF/PPS 
θ=0°; (iii) the welding area is expanded to fiber 
direction. In case of woven-CF/PPS, (i) when the 
voltage is applied to Ni-Cr wires, the current leakage 
occurs between Ni-Cr wire and carbon fiber bundles; 
(ii) an edge effect occurs around the end of Ni-Cr 
wire. In case of woven laminates, the edge effect 
occur significantly compared to UD laminate’s one.; 
(iii) the welding area is increased by heat transfer 
and joule heating of carbon fiber. It is considered 
that the reason why the edge effect occurs at the end 
of Ni-Cr wire is because it is easy to flow through 
current. 

3.1.5 Prevention of current leakage 
Figure 11 shows the effects of thickness of PPS 
films on welding area at E=4.5V and t=60s. In case 
of UD-CF/PPS θ=0°, the welding area tends to 
decrease slightly with increasing the thickness of 
PPS film from Aw=65 mm2 to 60mm2. UD-CF/PPS 
θ=90° shows different tends compared with UD-
CF/PPS θ=0°. When the thickness of PPS film was 
not inserted, the welding area became the largest 
(Aw=68mm2), because the heat transfer was carried 
out directly to fiber direction. When the thickness of 
PPS resin was over tPPS=0.2mm, the welding area 
was decreased up to Aw=25mm2.  
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Fig.11 Effects of thickness of PPS films on welding area (E=4.5V, t=60s). 
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 Fig.12 Scan images of CF/PPS laminates using PPS films (E=4.5V, t=60s). 
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In case of woven-CF/PPS, the edge effect occurs 
around of end of Ni-Cr wire when the thickness of 
PPS film was under tPPS=0.2mm as shown in Figure 
12. It is obvious that the current leakage can be 
prevented at over tPPS=0.4mm. When the thickness 
of PPS film was tPPS=0.4mm, the welding area was 
achieved Aw=70mm2. However, in case of not less 
than tPPS=0.6mm, the welding area was decreased for 
the reason the thickness of PPS films is thick. It is 
considered that the current leakage from Ni-Cr wires 
to carbon fiber bundles is prevented excessively. 
 
3.2 In case of multiple Ni-Cr wires 
3.2.1 Effect of distance of Ni-Cr wires 
 Figure 13 shows the effects of distance of Ni-Cr 
wires on welding area at E=4.5V, t=60s and 
tPPS=0.4mm. Three Ni-Cr wires were used to be 

increased the welding area. Only UD-CF/PPS θ=90° 
and woven-CF/PPS were investigated because UD-
CF/PPS θ=0° laminates were difficult to remove 
welding surfaces. UD-CF/PPS θ=90° arose 
overheating at under LNi-Cr=2mm as shown in Fig.13 
(a) and Figure 14.  The best welding condition was 
obtained at LNi-Cr=4mm. Then the welding area was 
Aw=250mm2.  When the distance of Ni-Cr wires was 
over LNi-Cr=6mm, the imperfect welding area arose 
between  Ni-Cr wires. Therefore the welding area 
was decreased linearly as shown in Fig.13 (a). In 
case of woven-CF/PPS, when the distance of Ni-Cr 
wires is under LNi-Cr=3mm, the welding area is 
constant as sown in Fig.13 (b). Also, the edge effect 
occurs at LNi-Cr=1mm. At LNi-Cr=4mm, on the other 
hand, the welding area is achieved Aw=250mm2. In 
addition, the edge effects and imperfect welding 
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(a) UD-CF/PPS θ=90° (b) Woven-CF/PPS 

Fig.13 Effects of distance of Ni-Cr wires on welding area (E=4.5V, t=60s, tPPS=0.4mm). 
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Fig.14 Scan images of welding surface (E=4.5V, t=60s, tPPS=0.4mm). 
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zone were not seen in joining interface. However, 
the imperfect welding area arose at over LNi-Cr=5mm. 
 
3.2.2 Effect of applied voltage 
Figure 15 shows the effects of distance of Ni-Cr 
wires on welding area at LNi-Cr=4mm and 
tPPS=0.4mm. In both test specimens, the welding 
area was increased with increasing the applied 
voltage as shown in Fig.15. Also, the imperfect 
welding area occurred between the Ni-Cr wires 
when the applied voltage was under E=4.0V. It is 
considered that the best applied voltage was E=4.5V 
in both test specimens from scan images of welding 
surface. When the applied voltage was over E=5.0V, 
the welding area was increased. However it was 
observed that a thermal degradation of PPS polymer 
and thermal deformation of the laminates arose 
around the heating elements. 
 

3.2.3 Electro-fusion mechanism 
 Figure 17 shows mechanism diagram of electro-
fusion process using multiple Ni-Cr wires and 
inserted PPS films. In UD-CF/PPS θ=90° and 
woven-CF/PPS laminates, it was considered that the 
electro-fusion mechanism is the same principle. The 
electro-fusion mechanism was divided into the three 
steps. (i) Soon after starting the conducting to Ni-Cr 
wires, the melting of PPS polymer arises around the 
Ni-Cr wires. (ii) Subsequently, when the carbon 
fiber of CFRTP laminates is exposed to welding 
interface, the current leakage occurs from Ni-Cr 
wires to carbon fibers. Then, the welding area is 
increased by a heat transfer and a joule heat of 
carbon fiber and Ni-Cr wires. (iii) The melting of 
PPS polymer between each Ni-Cr wire is carried out 
completely by lengthening the welding time. At that 
time, the electro-fusion joining is completed. 
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Fig.15 Effects of applied voltage on welding area (t=60s, tPPS=0.4mm, LNi-Cr=4mm). 
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3.2.4 Single lap shear strength (LSS) 
Table 2 shows welding conditions of LSS test 
specimens. The single lap shear strength (LSS) of 
UD-CF/PPS θ=90° and woven-CF/PPS laminates is 
plotted in Figure 18.  The fracture surfaces of UD-
CF/PPS θ=90° and woven-CF/PPS laminates are 
also presented in Figure 19. The maximum load of 
the test specimens which inserted the PPS films in 
the welding interface was smaller than the test 
specimen which is not inserted the films as shown in 
Fig.18 (a). Also, the lap shear strength shows the 
same tendency compared to the maximum load as 
shown in Fig.18 (b). It was observed that the 
existence of the PPS films in the welding interface 
weakened the lap shear strength. In case of Non-film 
laminates, it is considered that the matrix polymer of 
welding surface enough melted around the Ni-Cr 
wires as shown in Fig.19. As a general tendency, 
Active τ is also larger than Apparent τ. As for UD-
NonFilm, LSS achieved Active τ=23.5MPa and 
Apparent τ=17.9MPa. The profile shape of welding 
area was good quality as shown in Fig.19. On the 

other hand, in case of woven-CF/PPS Non-film, LSS 
achieved Active τ=18.5MPa and Apparent 
τ=16.3MPa, but the welding surface arose edge 
effect. 
 
 
 

Table 2  Welding condition of LSS test specimens 

Test specimens UD-CF/PPS θ=90° 
Woven-CF/PPS 

Applied voltage, E [V] 4.5 
Holding time, t [s] 60 

Number of Ni-Cr wires,  
nNi-Cr  

3 

Distance of Ni-Cr wires, 
LNi-Cr [mm] 4 

Thickness of PPS resin,  
tPPS [mm] Non or 0.4 
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Fig.17 Mechanism diagram of electro-fusion process using multiple Ni-Cr wires and inserted PPS films. 
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4 Conclusions 
In this study, the electric-fusion behavior of cFRTP 
composites when Ni-Cr wire was used as a 
resistance heating element was investigated for UD 
and woven CF/PPS laminates. It was concluded that 
the fiber reinforcing configurations had a 
considerable influence on the fusion behavior. It was 
found that the insertion of PPS films in welding 
interface was required in order to prevent the edge 
effect and non-uniform profile shapes of the welding 
area. On the other hand, the result of a single lap 
shear strength (LSS), the maximum load and LSS of 
the test specimens which inserted the PPS films in 
the welding interface was smaller than the test 
specimen which is not inserted the films. 
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1 Introduction  

Composite structures are often sensitive to impact, 
leading to premature damage and failure, which is 
difficult to detect. Several strategies have been 
proposed to improve the composite resin toughness, 
or to introduce interlayers [1,2]. Another approach is 
to introduce impact protection on the surface. For 
low velocity impact, viscoelastic impact absorbers 
can be laid on the composite, and show good 
protection, provided that the layer has the proper 
combination of loss and stiffness properties [3-6]. 
The advantage of this approach is its non-
intrusiveness and the preservation of the initial 
material properties, in particular in shear or bending, 
and the possibility to selectively protect critical areas, 
in particular for applications where inspection and 
repair are difficult to carry out, as in space.  
 
A potential alternative material for impact absorbers 
are shear thickening fluids (STF), which are 
concentrated colloidal suspensions that undergo a 
large viscosity increase, up to 3 orders of magnitude 
at a critical shear rate and for a given level of stress. 
STF have been widely investigated in terms of their 
rheological properties [7,8, 9]. Shear thickening is a 
reversible phenomenon, and the transition from high 
to low viscosity after the end of a dynamic 
solicitation is instantaneous. The rise of viscosity 
between these two states, from a viscous liquid to 
that of a brittle solid is associated with large energy 
absorption attributed to the friction between clusters 
of particles forming hydroclusters, which increases 
during the transition [10]. This phenomenon can be 
used to dissipate energy from shocks or vibrations as 
it was demonstrated for dampers in automotive 
applications [11-14]. These materials, however, are 
liquid at rest, or form a weak physical gel, and are 
sensitive to their environment, as the carrier fluid, 
glycol, either evaporates or picks up humidity. In 

consequence, these materials can find practical use 
only if they are properly encapsulated. Moreover, 
since they are activated by shear, the material form 
should be such that shear is promoted during service, 
as needed. For example, STF have been 
encapsulated in foams and tested in compression 
with various testing velocities, and the stiffening 
effect could be linked to the local behavior of the 
STF [15].  
We report here on the processing of composite pads 
made of open cell foams, impregnated with a 
selected monodisperse colloidal suspension of silica 
in polyethylene glycol showing a shear thickening 
effect, which are then encapsulated in silicone. The 
efficiency of the manufactured pads is then tested 
for energy absorption upon impact, and compared to 
that of other energy absorption materials, such as 
rubber or silicone.  

2 Materials and methods 

2.1 Materials  

The shear thickening fluid (STF) was prepared with 
500 nm diameter spherical silica particles from 
Nippon Shokubai Co. under reference name KE-
P50. Polyethylene Glycol with an average molecular 
weight of 200 g.mol-1 (PEG200) was purchased from 
VWR. The silicone used for encapsulation was a 
flexible (shore hardness 18) polycondensated 
silicone from Bluestar Silicones (RHODORSIL 
RTV-3318). The catalyst was the standard cata-24h 
with 5 parts of catalyst per 100 parts of RTV-3318. 
This silicone was also used in bulk as a comparison 
material.  The foam was a flexible open-cell 
melamine resin foam (BASF, BASOTECT G or 
BASOTECT UL). The density of the foam was 9 
kg/m3 for G and 6 kg/m3 for UL and the average 
pore size 150 µm. 
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Smactane® SP, a viscoelastic rubber material 
developed by SMAC for space applications, was 
also used for comparison. 

2.2 Sample production method 

STF was produced according to standard methods 
[12,16], with a volume fraction of 67.5 wt% of 
particles, which lead to a large shear thickening 
effect upon increasing shear strain. Fig.1 shows the 
typical behavior of the STF in flow rheology, with a 
critical shear rate of about 2-3/s when the suspension 
is well dispersed [16]. This fluid was infiltrated 
under vacuum at 70°C into cylindrical foam 
elements, 25 mm in diameter and 10 mm thick, 
placed in a mould. These foam elements were 
covered with silicone on the top and bottom part 
prior to infiltration, in order to provide a good 
adhesion between the foam and the silicone. The 
foam thus provided a three-dimensional scaffold to 
the STF and increased the local shear strain on the 
fluid. After infiltration was complete, the STF/foam 
composite was cooled down, and the sides 
encapsulated into silicone, to complete the sample 
encapsulation. It was demonstrated in earlier work 
[16] that the encapsulation of STF samples in 
silicone allowed the conservation of the rheological 
properties over time, limiting all issues of degassing 
or humidity intake.  
Samples of foam infiltrated with the carrier fluid 
PEG only were produced under vacuum infusion at 
room temperature, and bulk samples of Smactane 
and of Silicone with the same size as the foams were 
also produced for comparison.  

2.3 Compression testing  

Compression tests were carried out on cylindrical 
samples similar to the ones for impact tests using a 
UTS TestSysteme (Germany), with a 50 or 1000 N 
load cell and a constant displacement rate of 0.002 
mm/min, corresponding to a deformation rate 
dε/dt=3 10-6 s-1. 

2.4 Measurement of viscoelastic properties  

The viscoelastic properties of the materials used in 
this study, ie: STF, Smactane and Silicone were 
measured using a Rheometer (AR2000ex from TA 
instruments), at room temperature in shear mode. 
The tests were carried out in a room with controlled 
temperature at 23°C±1°C. Parallel plates of 25mm 
diameter were used. Gaps were 800 µm for the STF, 

2mm for Smactane and 1mm for the silicone. The 
plate surfaces were covered with sandpaper P220 
(grain size of 68 µm) glued with cyanoacrylate glue 
as recommended in the literature. The tests consisted 
in an oscillatory stress ramp from 0.1 to 60000 Pa 
applied to the sample. They were conducted at four 
different frequencies for each sample: 0.1, 0.5, 1 and 
2 Hz.  

2.5 Impact testing  

Impact tests were carried out using a free fall impact 
tower. The impact head was an aluminum cylinder 
with a diameter of 40 mm and a thickness of 20 mm 
to submit the samples to a homogeneous 
compression. The total carriage weight was 2.55 kg. 
A load cell mounted between the impact head and 
the carriage was used to measure the force during 
impact. The load cell, Kistler 9031a, was able to 
record forces up to 60 kN. The acquisition rate was 
set to 100 kHz. Two accelerometers, one on the 
carriage and one 5 cm away from the sample were 
used to measure the transmitted acceleration. The 
deformation of the samples was evaluated from 
high-speed video taken at 4000 fps with a Photron 
Fastcam Ultima APX.  A schematic diagram of the 
impact tower is given in Fig. 2. 
Analysis of the tests was as follows: the impact 
speed was kept to V=3.92m/s, corresponding to an 
energy of 5J. The Coefficient of Restitution COR 
was calculated as the square root of the ratio of the 
height after rebound (measured from the high-speed 
videos) over the drop height. Displacement was 
measured from the high-speed videos, using a 
matlab routine that follows the movement of the 
edges of the samples.  

3 Results and discussion 

Five types of samples were tested: FoamG/STF, 
FoamUL/STF, Foam/PEG only, pure silicone, and 
Smactane.  

3.1 Compression moduli 

First, the compression modulus of these materials 
was measured with static simple compression tests, 
and the results are given in Fig. 3 and Table 1.The 
moduli were taken as the slope of the curve between 
0 and 30% deformation. Clearly, Smactane has the 
highest static modulus and follows a linear behavior 
in the range investigated. The silicone is known to 
exhibit a two-stage hyper elastic behavior with an 
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initial low modulus followed by a higher modulus 
region after about 50% strain [17]; this non-linear 
behavior is observed here as well, as the slope starts 
to increase progressively.  

The foam samples all showed a very low modulus. 
The foam alone was tested, and gave a modulus of 
42 kPa. The Poisson ratio was visually observed to 
be 0, as previously reported for this material [18]. 
The foam was then tested with the STF inside, but 
before encapsulation. Considering the deformation 
rate imposed during the compression test, the local 
shear rate in a cell of 150µm of the foam can be 
approximated as the displacement velocity over the 
cell size, leading to about 2 10-4 s-1, which is well 
below the critical shear rate for the STF used in this 
work, about 3 s-1. As a result, the STF flows without 
thickening out of the sides of the foam cylinder, and 
exerts a very minor influence on the foam 
compressive behavior. A slight decrease was 
observed, most probably due to a destruction of 
some struts of the foam during infiltration. 
Nonetheless, the properties remained similar. 
Results follow the same trend for the STF/Foam UL 
system, with lower modulus values since the foam 
has a lower density. Finally, the STF/foam after 
encapsulation in silicone shows a slightly higher 
compression modulus, resulting from the presence of 
the sidewalls in silicone. 

3.2 Viscoelastic properties 

Table 2 reports the values of G', G'' and tgδ at 2Hz, 
just above the critical shear rate for the pure STF, 
and at a stress amplitude of 100Pa for the silicone 
and the rubber materials. Silicone and Smactane are 
solids, Silicone has a rather low tgδ about 0.04, 
whereas Smactane's is one order of magnitude 
greater, around 0.37. Master curves describing the 
overall behavior of the materials over a range of 
temperatures or frequencies could not be established 
in the frame of this work, however, Fig. 4 shows the 
Master curve for tgδ, from the Smactane datasheet, 
showing an increase with frequency at room 
temperature, up to 1.1 around 400Hz.  

STF exhibits a very different behavior; it is a liquid 
suspension that tends to form a physical gel at rest, 
with a modulus in the 500Pa range, which increases 
to about 2kPa after the transition. During transition, 
tgδ goes through a maximum around 2 to 3, 

indicating a large amount of dissipated energy, and 
the storage and loss moduli drop before increasing 
steadily after the transition, as shown in Fig. 5. This 
behavior was not tested at frequencies above 2Hz, 
but is expected to remain similar at higher 
frequencies. 

3.3 Impact testing results 

Impact testing was performed under 5 Joules of 
impact energy for all samples. Fig. 6 shows extracts 
from the videos for the STF/Foam G sample and 
Smactane. The STF/foam samples did not lead to 
any major rebound, compared to Smactane or to the 
Silicone samples. PEG/Foam samples were 
destroyed by the impact and so their behavior could 
not be reported. Maximum strain recorded varied 
between 55 and 70% during impact; no residual 
deformation was observed after impact for the 4 
types of samples. 

The force during impact versus time is reported on 
Fig. 7. STF/Foam samples are shown to lead to the 
lowest force, followed by Smactane and by the 
Silicone. For an elastic material, the maximal force 
during impact, Fmax is expected to be: 
Fmax=E*S*εm where E is the Elastic modulus of the 
material, S the surface and εm the maximal strain [3], 
which leads to severely underestimated forces (by up 
to one order of magnitude), so it is clear that a 
viscoelastic approach needs to be taken to interpret 
the results.  
Fig. 8 plots the displacement versus time for the 
materials during the first impact. For all samples, the 
compression speed is approximated as 
u=6mm/0.004s=1.5 m/s, which corresponds to a 
deformation rate dε/dt =150 s-1. With this rate, 
assuming that the Poisson ratio of the Basotect foam 
is nil, the shear rate inside a foam cell during impact 
corresponds to dγ/dt=u/cellsize=103 s-1. This is far 
above the critical shear rate for the STF used in this 
study (which is close to 3 s-1), so the STF shear 
thickened during impact, and as a result, the force 
increased quite rapidly as observed on Fig. 7. 
Force versus displacement curves are given in Fig. 
9. This curve was obtained by synchronizing the 
force response with the displacement measured in 
the high-speed videos. All curves are hysteretic, 
displaying energy absorption as expected, with the 
minimal dissipated energy observed for the most 
elastic material, the silicone.  The behavior observed 
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for Smactane follows what is expected for a rubber 
material, as shown by Chen and Lakes [3] or Goyal 
et al. [6]. The silicone clearly shows the two-stage 
behavior of the compression modulus, first 
deforming greatly with little force increase, and then 
exerting a large resistance to impact, and showing a 
peak force up to 3kN. Calculation of Fmax 
according to Chen for a viscoelastic material is as 
follows: 

Fmax =
mV 2

Umax

exp(−tg (δ / 2)(π − 2δ)[ ])
                   (1) 

 
which gives values of respectively 770N for RTV-
3318 and 658N for Smactane, if we take the tgδ 
values as indicated in the table. It is still somewhat 
under evaluated compared to the actual results. 
The STF/foam samples display a slightly different 
behavior: in the initial stages of deformation, the 
modulus is very low and almost no force arises. 
Then, the STF starts to stiffen and a higher force is 
observed, that remains constant with time as the STF 
flows within the foam towards the sides. At the 
maximum displacement, the force sharply drops to 
zero, and the rebound of the sample is with almost 
no force. Use of Foam G or UL shows a small 
difference only in the behavior, as it is dominated by 
the STF. In both cases, a large amount of energy is 
dissipated. 
The coefficient of restitution (COR) was calculated 
for the samples, and the values are given in Fig. 10 
for Smactane, STF/foam G and UL. The coefficient 
could not be measured in our set-up for the silicone, 
as the rebound was high, and out of the frame of the 
video camera. It was nonetheless estimated with the 
time of flight, to be 0.86. STF shows the lowest 
COR, indicating the best energy dissipation from 
these samples, up to 85%. Successive impacts 
showed a good reproducibility of the behavior up to 
5 impacts, with some degradation of the foam 
properties, in particular for the low-density foam. 
Using the analysis of Chen and Lakes, a correlation 
should be found between the COR and tgδ of the 
material, for a viscoelastic material as follows: 
COR = H1

H0

= (cosδ + tg(δ / 2)sinδ)exp(−2tg(δ / 2)(π −δ))
(2) 

 
Fig. 11 plots this relation, together with the value of 
COR found for the materials of this study. The 

corresponding tgδ values are all higher than 
measured for the 2Hz case, as expected, and 
correspond quite well for the Smactane case to the 
expected value at this deformation rate. For the STF, 
the corresponding value is very high, in any case we 
do not expect the analytical model of Eq. 2 to be 
valid for STF, since energy absorption is through a 
different mechanism.  
Finally, the acceleration was recorded on the impact 
head, and on the table near the sample, as shown in 
Fig. 12. The lowest transmitted acceleration was 
found for the STF/Foam or PEG/Foam samples, 
compared to the Smactane,  for example, by using 
the dissipating effect of the fluid phase. The 
STF/Foam pads are thus shown to be efficient in 
impact protection, as well as in protecting other parts 
of the structure close to the pad. 
 

4 Conclusions 

Compared to a more traditional rubber layer, 
STF/foam composites show very large energy 
absorption, up to 85%, that can be repeated through 
several impacts. In parallel, smaller accelerations are 
transmitted from the impact. These pads could thus 
find application to protect composite structures. In 
parallel, since STF cannot be used in practical 
structures, since they are liquid, we proposed a 
method to insert the STF into a foam scaffold and 
encapsulate the assembly into a silicone layer. The 
silicone encapsulation ensures that the suspension 
does not evaporate or gain humidity during service, 
and furthermore, is shown to generate low 
outgassing in space applications. Further tests should 
be conducted to quantify the protection of composite 
structures with these materials, as well as to improve 
the mechanical properties of the scaffolding foam, to 
reach the best compromise between mechanical 
integrity over time, and large deformations.  
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Fig. 1: Flow viscosity of the STF used in this study 
 
 
 
 
 
 

 
Fig.2: Schematic diagram of the impact tower 
 
 
 
 
 

 
 
 

 
Fig. 3: Static compression curves for (a) Smactane, (b) 
Silicone, (c) encapsulated STF/FoamG, (d) STF/Foam G 
not encapsulated. 
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Table 1: Compression modulus of the encapsulated 
STF/FoamG, non encapsulated STF/Foam G, FoamG 
alone, STF/foam UL not encapsulated, Foam UL alone, 
Silicone and Smactane. 

Material Compression modulus 
(MPa) 

Encapsulated STF/Foam G 0.21 

STF/Foam G not 
encapsulated 

0.031 

Foam G  0.042 

STF/Foam UL not 
encapsulated 

0.010 

Foam UL 0.016 

RTV-3318 0.26 

Smactane 1.52 

 

 

 

Table 2: Dynamic properties of the materials 
investigated, at 2Hz 

Material G'(Pa) G''(Pa) tgδ 

STF 43±5 134±17 3.2 

RTV-3318 69 103± 4 
103 

2.8103±0.5103 0.04 

Smactane 6.8 105 2.8 105 0.37 

 
 

 
Fig. 4: Tgδ as a function of reduced frequency for 
Smactane at 20°C.  

 

 

 
Fig.5: Storage modulus G', Loss modulus G'' and tgδ as a 
function of the stress amplitude, for the STF alone in 
oscillatory shear at 2Hz.  
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Fig. 6: STF/Foam G (above) and Smactane (below) 
during impact testing, left, just before impact, middle, at 
the maximum deformation, and right, just after rebound. 
 
 
 
 

 
Fig 7: Force versus time for first rebound during a 5 J 

impact 
 
 
 
 

 
Fig. 8: Displacement versus time during the first rebound 

during a 5J impact 

 

 
Fig 9: Force versus displacement curve for the first 

rebound of a 5J impact 

 

 
Fig 10: coefficient of restitution for first rebound of 

Smactane, encapsulated STF/foam G and UL during a 5 J 
impact. The STF/Foam samples were tested successively 5 

times.  
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Fig 11: COR versus tgδ, calculated from Eq.(2) 

 

 
Fig 12: Transmitted acceleration during impact 
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1 Introduction  

Microdamage which during service life develops in 

plies of laminated composites is caused by complex 

combinations of thermo-mechanical and 

environmental loads. Since the transverse strain to 

failure of unidirectional composites is lower than 

other failure strain components, intralaminar 

cracking in layers of laminates, caused by combined 

action of transverse tensile stress and shear stress, is 

the first mode of damage. The crack is usually well 

defined, it runs parallel to fibers in the layer and the 

crack plane is transverse to the laminate middle-

plane.  

Due to progressing damage, macroscopic thermo-

mechanical properties of the laminate are degraded. 

Two basic approaches are used in modeling, see 

review for example in [1][2]: either continuum 

damage mechanics or perturbation stress analysis 

based (called micromechanics models). Most of the 

latter models are focused on an approximate 

description of the local stress distribution in the 

repeating element between two cracks. The stress 

field is further used to determine certain thermo-

elastic constant of the laminate with damage (most 

often the axial modulus or the Poisson’s ratio). The 

simplest calculation schemes used are based on 

shear lag assumption [3] or variational principles [2-

6]. Most of the analytical solutions are applicable to 

cross-ply type of laminates with cracks in internal 

90-layers only. With increasing complexity of the 

analytical model it actually becomes numerical and 

the most accurate semi-numerical routines based on 

Reissner’s variational principle in [7] belongs to this 

group. 

An interesting approach to analyze general laminates 

using a modified shear lag model and “equivalent 

constraint model” to determine the effective 

properties of the damaged layer was introduced in 

[8]. 

The laminate properties degradation due to cracks in 

layers is uniquely related to the relative 

displacements of the corresponding points on both 

crack surfaces (opening and in-plane sliding 

displacements). As long as points on both surfaces 

coincide (relative displacements are zero) the 

thermo-mechanical properties of the laminate are not 

affected by the presence of crack. The opening and 

sliding of crack surfaces reduce the average strain 

and stress in the damaged layer, thus reducing the 

portion of the load carried by this layer leading to 

reduction of the laminate thermo-elastic properties. 

Reduced average stress in a layer can be expressed 

also in terms of reduced effective elastic properties 

of the damaged layer, the ply-discount model being 

the most extreme way how to account for it. Thus 

the crack opening displacement (COD) and crack 

face sliding displacement (CSD) together with the 

number of cracks per unit length in the layer (crack 

density) are the micromechanical parameters 

governing the macroscopic stiffness reduction. In a 

linear elasticity they are proportional to the applied 

load, ply thickness and, therefore, the COD and CSD 

have to be normalized to be used in stiffness 

modeling.  

The normalized COD dependence on geometrical 

parameters of the laminate and on the material 

properties was studied experimentally using optical 

microscopy of loaded damaged specimens in 

[9][10].  

A theoretical framework (called GLOB-LOC 

approach) expressing the damaged laminate thermo-

elastic properties via number of cracks in layers 

BENDING STIFFNESS OF LAMINATES WITH 

INTRALAMINAR CRACKS IN SURFACE LAYERS AND 

INTERFACE DELAMINATIONS 
 

J. Varna
1*

,  A. Pupurs
1,2

 , L. Pupure
1
 

1
 Department of Engineering Sciences and Mathematics, Luleå University of Technology, 

 Luleå, Sweden  

 
2
 Swerea SICOMP, Piteå, Sweden 

* Corresponding author (Janis.Varna@LTU.SE) 

 

Keywords: bending stiffness, intralaminar cracks, stiffness reduction, finite element analysis 
 

 

Keywords: keywords list (no more than 7) 

ICCM19 3741

mailto:Janis.Varna@LTU.SE


(linear density of cracks) and the microdamage 

parameters COD and CSD was developed in 

[11][12]. It was shown that only the average values 

of these quantities enter the stiffness expressions. 

Certainly macro-properties are in an exact and 

explicit form related also to composite properties 

and geometrical characteristics of the laminate.  

FE studies were performed to understand which 

material and geometry parameters affect the COD 

and CSD and simple empirical relationships (power 

laws) were suggested in [11-13]. The developed 

model accounts also for crack interaction. If the 

crack density is high the stress perturbations of two 

neighboring cracks overlap and the average stress 

between cracks at the given applied load is lower. It 

means that the COD and CSD of interacting cracks 

are smaller than for non-interactive cracks. This 

effect was found experimentally in [10] and 

analyzed theoretically in [14]. 

In the present paper we investigate the bending 

stiffness of cross-ply laminates with damaged 

surface layers. It is suggested that simplified 

analysis can be used where first the effective 

stiffness of the layer with a given crack density is 

calculated and then the classical laminate theory 

(CLT)  is used to find the bending - curvature 

relationship as dependent on the damage state. Two 

different methods, one using FEM and another one 

using the GLOB-LOC model [13] are used to back-

calculate the effective layer thickness from the 

damaged laminate and the undamaged laminate 

stiffness matrices. This approach is validated using 

FEM by modeling the four-point-bending test. 

  

2 Bending resistance of a damaged laminate 

2.1 Approach 

General unsymmetric but balanced laminate is 

subjected to bending, for example in 4-point bending 

test where a region with constant applied moment 

xM  exists leading to constant curvature xk . 

Possible shear nonlinearity of the layers with off-

axis orientation is not considered: the stress analysis 

is linear elastic. The following boundary conditions 

in CLT were assumed to describe the laminate 

deformation between both loading zones: constant 

moment xM  and  0 xyy MM . The response is 

constant average curvatures xk , yk . 

Due to the initial lack of symmetry the B-matrix is 

not zero and some midplane strains 0x , 0y    are 

also present. When intralaminar cracking with local 

delaminations develop in some layers the laminate 

A, B and D-matrices change in a different way but 

the laminate is still unsymmetric and also 

unbalanced. For example, due to different damage in 

different off-axis layers the xy and xyk  are not zero 

anymore.  

The simplest way of presenting the change of the 

bending resistance with damage development is to 

plot the bending moment to create unit curvature 

versus the crack density in a layer ~)/( xx kM . 

Other parameters to consider could be delamination 

length normalized with respect to the crack size (ply 

thickness); ply thickness ratios, etc. It has to be 

noted that at these boundary conditions the 

introduced ratio is not equal to the bending stiffness 

11D . 

Alternative boundary conditions representing a 

multilayer beam are: applied xM  and 0 xyy kk   

as well as y-direction midplane strain is zero. In this 

case the relevant CLT equations are  

xx kBA 110110    
(1) 

xxx kDBM 11011    (2) 

From here 

xx kCM 11 , 









11

2
11

1111
A

B
DC  

(3) 

Prediction and numerical determination of the 11C

dependence on crack density and other parameters is 

the main objective of this study. 

Two approaches will be used and compared: 

a) Direct FEM simulation of the 4-point bending test 

for laminate with damaged layers, calculating the 

curvature for a given applied force (moment) 

b) Replacing the damaged layer with homogenized 

layer with effective stiffness constants. The 

curvature corresponding to applied bending moment 

is calculated using CLT with effective properties of 

layers. 

2.2 Effective stiffness of the damaged layer 

An extreme case of effective stiffness of the damage 

layer is obtained using the ply-discount model 
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BENDING STIFFNESS OF LAMINATES WITH INTRALAMINAR 

CRACKS IN SURFACE LAYERS AND INTERFACE DELAMINATIONS 

modification relevant for intralaminar cracking: 

transverse modulus 0TE  and the inplane shear 

modulus 0LTG whereas the longitudinal modulus 

LE and Poissons ratio LT are not changed. This 

case corresponds to infinite number of intralaminar 

carcks in the layer. With increasing crack density the 

effective stiffness of the damaged layer has to 

approach to this asymptotic value. 

Even if the initial laminate is unsymmetric it is 

convenient to “make” it symmetric (it is always 

possible by putting some additional layers in CLT 

analysis or symmetry conditions if the analysis is 

FEM based). The benefit of this is that for 

symmetric laminate the  A matrix represents the 

stiffness matrix  LAM
Q of the laminate, which 

defines the elastic constants of the laminate. The 

effective stiffness matrix of any layer due to damage 

can be back-calculated from the difference in the 

undamaged and damaged laminate extensional 

stiffness matrix,  LAM
Q 0 and  LAM

Q respectively. 

This technique is described more in detail in [15]. If 

the laminate would be unsymmetric before or after 

the damage introduction, the  B ,  D matrices have 

to be included in the calculation routine. 

If the layer with index k is damaged its effective 

stiffness is changing from  kQ  to  eff

kQ (the overbar 

is used to denote the stiffness of the layer in the 

global system of coordinates). Then the damaged 

laminate extensional stiffness matrix can be 

calculated using CLT as 

   

    


 





1

1 1

k

i

N

ki

i

i

i

i

eff

k

kLAM

Q
h

t
Q

h

t

Q
h

t
Q

 
(4) 

In (4) N is the number of layers. The undamaged 

laminate stiffness matrix can be written as 

   

    


 





1

1 1

0

k

i

N

ki

i

i

i

i

k

kLAM

Q
h

t
Q

h

t

Q
h

t
Q

 
(5) 

Subtracting (4) from (5) we obtain 

       eff

k

k

k

kLAMLAM
Q

h

t
Q

h

t
QQ 0  

(6) 

From (6) the effective stiffness matrix of the 

damaged k-th layer in global axes is found  

        LAMLAM

k
k

eff

k QQ
t

h
QQ  0  

(7) 

If due to the symmetry and the applied in-plane 

loading the damage is also symmetric and the 

damaged layer is not the middle layer, two damaged 

layers have to be considered which is achieved by 

adding factor 2 to the first term on the left in (4), (5). 

This is the case for the example laminates with 90-

layers on the surface analyzed in this paper. 

Equation (7) can be transformed to the local 

coordinate system using expression 

      T
eff

k

eff

k
TQTQ   (8) 

In the next step the effective compliance matrix of 

the damaged layer in local axes is calculated 

     1


eff

k

eff

k QS  (9) 

Effective engineering constants of the damaged 

layer (index k is omitted) follow from 

eff

eff

S
E

11

1

1
 , 

eff

eff

S
E

22

2

1
 ,

 
effeffeff SE 12112  , 

eff

eff

S
G

66

12

1
  

(10) 

The described back-calculation is unique only if 

damage is considered explicitly in one layer at a 

time. This means that interaction between cracks in 

different layers is not accounted for. However, it 

may be accounted for in an indirect way by reducing 

elastic constants of the rest of damaged layers. 

Generally speaking even the damage related 

effective properties in layers should be found in an 

iterative way. However, it was shown in [15] that the 

transverse effective modulus of the damaged layer, 

which is the main parameter in the bending analysis 

is not sensitive with respect to the elastic properties 

of the neighboring layers. 

It is interesting to note the following result of many 

back-calculations for large number of material 
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systems and laminate lay-ups: only the effective 

transverse modulus 
eff

E2  and the shear modulus 

eff
G12 of the layer are reduced due to intralaminar 

cracks. The longitudinal modulus is 11 EE
eff

 and 

1212  
eff

. As expected the effective 
eff

E2 , 
eff

G12  

approach to zero when the crack density in layer 

approaches to infinity. 

 

3 Effective stiffness of the damaged laminate 

3.1 FEM model 

As described in Section 2, the damaged layer may be 

replaced by homogenized effective properties and 

then CLT can be used to calculate the bending 

stiffness of the laminate.  

The effective properties of the damaged layer can be 

calculated using Equations (4)-(10), however, the 

stiffness matrix of the damaged laminate  LAM
Q  is 

needed in order to perform the back-calculation. The 

 LAM
Q  matrix needs to be calculated for every crack 

density value. In this paper 2 methods were used to 

calculate  LAM
Q  as a function of crack density: 1) 

FEM calculations using representative volume 

element (RVE) model; 2) GLOB-LOC approach 

described in Section 3.2. It is important to note that 

the back-calculation procedure in Equations (4)-(10) 

is valid for symmetric laminates only. Thus 

symmetric damage has to be considered with both 

FEM RVE model and GLOB-LOC approach.  

The FEM model of the RVE is schematically shown 

in Figure 1. A 3-D FEM model was generated using 

FEM software ANSYS [16]. Taking advantage of 

the symmetry conditions, the FEM model in Fig.1 

consists of a 90 degree layer of thickness 90t  and a 0 

degree layer of thickness 0t , the length of the model 

is kl , which is the half distance between two 

transverse cracks in the 90 layer. Thus, parameter kl  

defines the crack density ( )2/(1 kk l ) and can be 

parametrically varied to calculate  LAM
Q  for 

different crack densities. The width of the FEM 

model of RVE was in all calculations equal to 

hw  2.0  where )(2 900 tth   is the total 

thickness of the laminate.  

On the top surface of the FEM model ( 900 ttz  ) 

symmetry boundary conditions were used. At 0x , 

symmetry boundary conditions were applied on the 

0 degree layer while the surface of the 90 degree 

layer is free representing the transverse crack 

surface. At klx   a uniform displacement in the x 

axis direction was applied. On each of the side edges 

of the model ( 0y  and wy  ) displacement 

coupling in the y axis direction was used. 

Elastic modulus LAM
xE  and Poisson’s ratio LAM

xy  of 

the damaged laminate were calculated from post-

processing using reaction forces and resulting 

displacements. 

For the calculation of the transverse modulus LAM
yE  

of the damaged laminate the FEM model with the 

same geometry as in Fig.1 was used with different 

boundary conditions: uniform displacement was 

applied in the positive y axis direction, symmetry 

boundary conditions were applied on nodes at 

wy  , displacement coupling in x axis direction 

was applied on the nodes with coordinates klx  . 

3.2 GLOB-LOC model 

We consider N- layer laminate which is symmetric 

before damage and also in the damaged state.  The k-

th layer of the laminate is characterized by thickness 

kt  and fiber orientation angle k . Direction 1 is 

fiber direction and direction 2 is transverse to fibers. 

We denote by h the total thickness of the laminate, 





N

k
kth

1

. Dependent on loading any layer may 

contain certain number of intralaminar cracks which 

is characterized by crack density in the k-th layer 

k  defined as the number of cracks per mm length 

measured transverse to the crack plane. The crack 

density in a layer is )sin2/(1 kkk l   , where 

kl2  is the average distance between cracks in the 

layer measured on the specimen edge. 

Dimensionless crack density kn in layer is 

introduced as 

 kkkn t
 

(11) 

The macroscopic stiffness matrix of the damaged 

laminate is  LAM
Q  and the stiffness of the 

undamaged laminate is  LAM
Q0 ,

 
related to laminate 
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compliance matrix. For example, 

     1

00




LAMLAM

QS . The strain response to 

applied laminate stress  LAM

0  is denoted  LAM

0  

for undamaged laminate and  LAM
  for laminate 

with intralaminar cracks. Hook’s law for the 

damaged laminate is 

        TQ
LAMLAMLAMLAM

  0

 (12) 

or more explicitly 
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(13) 

For damaged laminate both laminate stiffness matrix 

and the laminate thermal expansion coefficients 

depend on the damage state.  

Exact expressions for macroscale thermo-elastic 

constants of the damaged laminate RVE were 

derived in [11],[12]. The results are briefly repeated 

here. The approach is called “GLOB-LOC” to 

emphasize the established exact link between global 

thermo-elastic properties and local stress state 

characteristics Expressions for general symmetric 

laminate with intralaminar cracks in plies were 

obtained. The integral effect of the crack caused 

stress perturbation is expressed in terms of crack 

density and crack face opening and sliding 

displacements. The expressions for stiffness are as 

follows 

 

       LAM
N

k

LAM

k

k
kn

LAM

QSK
h

t
I

Q

0

1

1

0






















 

(14) 

The 3x3 matrix-function  kK  for a layer with index 

k  is defined as  
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(15) 

The stiffness matrix of the damaged laminate, 

 LAM
Q  is symmetric as requested for any material 

by thermodynamics considerations. These matrix 

expressions for thermo-elastic properties contain 

elastic ply properties, details of laminate lay-up and 

dimensionless density of cracks in each layer. The 

influence of each damage entity is represented by 

the 3x3 displacement matrix in (15) which contains 

the normalized average COD, 
k

anu2  and normalized 

average CSD, 
k

anu1  of the crack surfaces in k-th 

layer. It is assumed that all cracks in the same layer 

are equal: they have the same crack face 

displacements and the crack distribution is uniform. 

In (14)  I  is identity matrix. 

When the distance between cracks in a layer is much 

larger than the crack size, the stress perturbations of 

two neighboring cracks do not overlap and cracks in 

this region are called non-interactive. The 

normalized average COD and CSD in this crack 

density region are independent on the value of the 

crack density. Superscript 0 is used to indicate 

values in this region, (
k

anu 0

1 ,
k

anu 0

2 ). 

Parametric analysis of 
k

anu 0

1  and 
k

anu 0

2 using FE was 

performed in [11],[12] to identify the most 

significant geometrical and material constants 

affecting crack face displacements. In result simple 

and rather accurate fitting expressions were obtained 

to calculate 
k

anu 0

1  and 
k

anu 0

2  as a function of 

neighboring layer properties. These expressions are 

considered to be sufficiently general to be used for 

cracks in any laminate. If so, there is no need to use 

FEM in any of simulations presented in this paper. 

Sliding displacements are of no relevance for the 

considered bending of cross-ply laminates. Cracks 

are in the surface 90-layers only. Expressions for 

COD in surface layers are briefly repeated below 
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In (16) E
s
x is the Young’s modulus of the support 

layer measured in the x-direction. For a crack in 

surface layer 

2.1A , 
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When the distance between cracks decreases (high 

dimensionless crack density) the stress perturbation 

regions of individual cracks overlap and the 

normalized average COD and CSD start to decrease.  

In [14] the 
k

anu2  has been related to COD of non-

interactive cracks, 
k

anu 0

2  by relationship 

 u k
anknk

k
anu 0

22   (18) 

The crack interaction function  is a function of the 

crack density in the layer and generally speaking it 

depends on material and geometrical parameters of 

the cracked layer and surrounding layers. For non-

interactive cracks 1 . Detailed analysis of the 

effect of different parameters on interaction function 

was performed in [14] using FEM 

Weak interaction (2-5%) is observable at normalized 

spacing 9090 /2 tl =2.5. Further decrease of spacing 

(increase of crack density) leads to dramatic drop of 

the values of the interaction function. The calculated 

values of the interaction function where fitted by an 

empirical relationship with an origin in a simple 

shear lag model. The interaction function according 

to the shear lag model is 

 knk k  /tanh
 

(19) 

The shape function (19) was used to obtain the k 

value from the best fit of FEM results. The best fit 

leads to kCF=1.12 for CF laminates and to kGF=0.84 

for GF cross-ply laminates with damage.  

At present the crack interaction effect on anu2  in 

surface layer has not been studied. Therefore, we 

suggest using for COD in surface layers the same 

interaction function (19) as for COD of internal 

cracks. 

 

4 Direct calculation of bending stiffness using 

FEM 

3-D laminate scale FEM model was generated using 

finite element software ANSYS version 13.0 [16]. 

The FEM model is schematically shown in Fig.2. 

The 3-D model consists of 3 layers representing the 

given cross-ply lay-ups [90m/0n]s . The total length of 

the laminate L was 150 mm with the equal distance 

between the loading points being 50 mm. The width 

of the laminate beam was 0,8 mm. The laminate was 

subjected to 4-point bending loading scheme by 

applying constant displacement of 3 mm on the top 

surface points illustrated in Fig.2 in the negative z 

axis direction. The supports were added as for a 

simply supported beam: the nodes corresponding to 

coordinates 0x , 0z  were constrained against 

displacement in x and z axis directions; the node at 

coordinate 0x , 0z , wy  5.0  was 

additionally constrained against displacement in the 

y axis direction; the nodes corresponding to 

coordinates Lx  , 0z were constrained against 

displacement in the z axis direction and the node 

corresponding to coordinate Lx  , 0z , 

wy  5.0  was additionally constrained against 

displacement in y axis direction. 

Displacement coupling in the y axis direction was 

applied on the nodes of the side edges of the 

laminate beam.  

It was assumed that the top 90 degree layer remains 

undamaged since it is in the compressive part of the 

loaded laminate (cracks in this layer are closed). 

Also the 0 degree layer remains undamaged. The 

bottom 90 degree layer, however, is in the tensile 

side of the laminate therefore transverse cracks will 

form in this layer and preexisting cracks will be 

opened. Hence, the bending stiffness of the laminate 

will be reduced. In the FEM model shown in Fig.2 

the number of transverse cracks was parametrically 

varied from 0 to 33 cracks. Only uniform crack 

spacing was studied. 

It was assumed that the transverse cracks form only 

in the maximum bending moment zone, i.e., in the 

distance between the displacement application points 

as shown in Fig.2. 
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Apart from transverse cracks the effect of 

delaminations on bending stiffness was also 

investigated. Delamination cracks were introduced 

between the damaged 90 degree layer and 0 degree 

layer as shown schematically in Figure 3. We 

assumed that delaminations initiate from transverse 

cracks and are always symmetric with respect to 

transverse crack plane. The delamination length dl  

was parametrically varied from 0 to 905.0 t . The 

effect of delaminations on bending stiffness of the 

laminate was evaluated by comparing with FEM 

calculations for laminate without delaminations. 

Bending stiffness from the described laminate scale 

FEM model shown in Fig.2 was calculated using (3) 

where the bending moment xM was calculated from 

the reaction forces and the curvature xk was 

calculated from displacements in the constant 

bending moment zone, assuming that the curvature 

follows a circular line. 

 

5 Results and discussion 

5.1 Test cases and material properties 

CLT calculations using effective stiffness approach 

described in Section 2 were compared with direct 

FEM calculations of bending stiffness of damaged 

laminate described in Section 4. 

Two carbon fiber/epoxy cross-ply laminate lay-ups 

were studied: [90/02]s and [902/02]s. The elastic 

properties of the unidirectional undamaged ply are 

presented in Table 1. In all calculations the thickness 

of one ply was assumed equal to 0.6 mm, thus the 

total thickness is 3.6 mm for [90/02]s laminate and 

4.8 mm for [902/02]s laminate and the respective 

thicknesses of the 90 degree layer, 90t , are 0.6 and 

1.2 mm. 

Since we consider only [90m/0n]s cross-ply lay-ups, 

the shear modulus of the ply is not affecting the 

bending stiffness of the laminate. 

5.2 Effective properties of the damaged layer 

The calculated effective transverse modulus of the 

damaged layer at different crack densities using the 

FEM RVE model and GLOB-LOC approach are 

summarized in Figure 4. As noted previously, using 

the back-calculation methodology presented in 

Equations (4)-(10) only the transverse effective 

modulus of the damaged layer eff
E2 changed with the 

crack density, while the longitudinal effective 

modulus eff
E1 and the Poisson’s ratio eff

12 were 

exactly equal to undamaged ply properties listed in 

Table 1 for all crack densities. 

The results plotted in Fig.4 show coinciding results 

between FEM and GLOB-LOC methods at low 

crack densities, however at higher crack densities 

exceeding 0.4 cracks/mm GLOB-LOC model gives 

lower values of effective modulus 
effE2 . As 

mentioned above, the crack interaction in surface 

layers in the GLOB-LOC model is taken as for 

inside layer cracks, which is a rough approximation. 

5.3 Bending stiffness 

In Figures 5 and 6 results for bending stiffness 

parameter 11C  are plotted for lay-ups [90/02]s and 

[902/02]s respectively. Direct FEM calculations are 

compared with two CLT calculations using effective 

properties of damaged layer from FEM RVE 

(denoted as “CLT FEM eff” in Figures 5 and 6) and 

GLOB-LOC models (denoted as “CLT GLOB-

LOC”). The presented results correspond to 

transverse cracking only (delaminations are not 

present). Ply discount model results (assuming near 

zero properties of the damaged layer) are also 

presented in Figures 5 and 6 for comparison. 

It can be seen that direct FEM results and CLT 

calculations using FEM RVE model for effective 

stiffness are in very good agreement in the whole 

range of studied crack densities k . CLT 

calculations using GLOB-LOC model are, however, 

in good agreement only in the region of small crack 

densities and at high crack densities the prediction of 

bending stiffness is below the direct FEM 

calculations (overestimated transverse modulus 

reduction in the crack interaction region results in 

overestimation of the bending resistance reduction). 

These trends are more pronounced for the [902/02]s 

lay-up results plotted in Fig.6.  It can even be seen 

that CLT calculations using GLOB-LOC for 

effective layer properties result in values below the 

ply-discount model. These results confirm again that 

functions (19) in the GLOB-LOC model describing 

the surface crack interaction in the surface layer 

have to be improved. The direct FEM results and 

CLT calculations using FEM RVE approach ply-

discount values at high crack densities.  
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Comparing the agreement between direct FEM 

calculations and CLT calculations using FEM RVE 

for effective layer properties in Figures 5 and 6 it is 

evident that the agreement is better for [90/02]s lay-

up. This is because for thinner 90 degree layers the 

axial stress distribution across the ply thickness is 

more uniform, which better corresponds to the 

tensile calculation case used to determine effective 

constants of the damaged layer. 

In Figures 7 and 8 bending stiffness results obtained 

using direct FEM calculations only, reveal the 

influence of delaminations for [90/02]s and [902/02]s 

lay-ups respectively. The bending resistance of the 

laminate with cracks is additionally reduced by the 

presence of delaminations initiating from cracks. As 

expected, the reduction is much larger due to longer 

delaminations. The effect of the delamination seems 

to be relatively smaller (comparing to the cracking 

effect) for laminates with a thick cracked layer, see 

Fig. 8. 

 

6 Conclusions 

In this paper the resistance to bending of cross-ply 

laminates with intralaminar cracks in surface 90-

layers and delaminations was analyzed. Direct FEM 

simulation of a four-point bending specimen was 

compared with two classical laminate theory 

calculations that use homogenized effective 

properties of the damaged layer.  The 

homogenization of the damaged layer in CLT 

calculations was done using the difference in the 

stiffness matrix of the damaged and undamaged 

laminate. FEM representative volume element 

(RVE) model and the analytical GLOB-LOC 

method were used to find damaged laminate 

stiffness. The results indicate very good agreement 

between the calculation methods at low crack 

densities. At high crack densities, however, it was 

shown that only FEM RVE model gives good 

agreement with direct FEM calculations, while 

GLOB-LOC based model may underestimate the 

bending stiffness even below the ply-discount value. 
 

Table 1. Elastic properties of unidirectional CF/EP 

composite 

1E  2E  12  12G  23  

[GPa] [GPa] [-] [GPa] [-] 

104.00 6.14 0.40 5.00 0.45 

 

 

 
Fig. 1. Schematic representation of FEM model of 

representative volume element (RVE) 

 

 

 
Fig. 2. Schematic representation of laminate scale 

FEM model 

 

 
Fig. 3. Schematic representation of delamination 

cracks between 90 and 0 layers 
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Fig. 4. Effective modulus 
effE2  of the damaged 90 

degree layer as a function of crack density. 

 

 
Fig. 5. Bending stiffness of [90/02]s laminate with 

transverse cracks 

 

 
Fig. 6. Bending stiffness of [902/02]s laminate with 

transverse cracks 

 

 
Fig. 7. Bending stiffness of [90/02]s laminate with 

transverse cracks and delaminations. The 

delamination length is scaled with respect to the 

cracked layer thickness. 

 

 
Fig. 8. Bending stiffness of [902/02]s laminate with 

transverse cracks and delaminations. The 

delamination length is scaled with respect to the 

cracked layer thickness. 
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1 Introduction  

Composite laminates represent one of the most 

important technological developments of the last 

decades. They find application in a constantly 

greater number of sectors and their importance is 

consequently growing up day by day. Laminates are 

orthotropic materials subjected to a failure mode 

called delamination: it happens when a fracture takes 

place between two plies. It is one of the most critical 

failure modes for laminates since it appears and 

grows under the surface and it is not visible from the 

outside. A laminate can significantly loss stiffness 

and strength and still remains visibly unchanged. For 

this reason, the interest of the research community 

on this problem is highly connected to the world of 

the industry, in particular the aerospace and 

aeronautical sectors.  

Many efforts were carried out in the last decades to 

face such problem and plenty of research can be 

found in literature on experimental testing [1-8] and 

numerical modelling [9-18] of delamination.  

The present work deals with the use of nanofibers as 

an interleaving reinforce. In particular, the base idea 

is that a nanofibrous layer placed in particular 

laminate interfaces is able to affect some ply-to-ply 

properties and thus to control the delamination 

strength. Nanofibers are able to compensate the 

troubles caused by the mismatch of bonded adjacent 

plies, without a reduction of in-plane properties and 

without increasing either the composite weight or 

the laminate thickness.  

Dzenis et al. [19] in 1999 were the firsts to follow 

this route: they interleaved into a composite 

laminates a polymeric nanofibrous non-woven mat 

obtained by the electrospinning process and 

demonstrated that such nano-reinforcement is able to 

improve the delamination resistance of the laminate. 

From then, many researchers started to work with 

nanofibers and even if electrospinning is an old-

patented process, it is only in the last years that 

electrospun nanofibers have been used in the 

composite material field to improve mechanical 

properties and in particular to affect the 

delamination problem. Zucchelli et al. [20] 

presented a deep review of the usage of electrospun 

nanofibers, showing how they offer great potential 

in enhancing many mechanical properties in 

composites: delamination and impact resistance, 

damping, flexural strength, and fatigue are all 

properties which can take benefits from the 

introduction of nanofibers. Some of the authors 

already have proved the benefits brought by a Nylon 

6,6 nanofibrous mat interleaved into woven carbon 

fiber laminates [21]. Mode I and Mode II fracture 

mechanics tests performed on both virgin and 

nanomodified specimens showed that an interleaved 

nanofibrous mat can enhance composite 

delamination strength and damage tolerance. 

Delamination of virgin and nanomodified interfaces 

is simulated cohesive zone model, which is proved 

to be an efficient technique to simulate the 

delaminating interfaces. In [22, 23] a cohesive 

adapting method was implemented in Abaqus. In 

this model, a pre-softening zone is proposed ahead 

of the existing softening zone. In this pre-softening 

zone, the initial stiffness and the interface strength 

are gradually decreased. Borg [11] proposed a 

discrete model where the interface elements 

softening model does not follow a linear decrease 

with separation but a power law. The delamination 

model is implemented in the finite element code 

Abaqus and simulation results are shown to be in 
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agreement with experimental results. In [24] the 

delamination process is validated by simulation of 

DCB, ENF and MMB (Mixed Mode Bending) 

setups, and the results are shown to be in agreement 

with experimental data. In ENF tests, contact 

introduces regions in which friction may be 

important. The presence of contact will influence the 

stability of the delamination propagation. As shown 

in [25, 26], the delaminations of a stable system will 

tend to grow together, leading to an increased 

capacity of the system to absorb energy and a more 

ductile structural response. Maimi [27] proposed 

damage laws that force softening as soon as one 

criterion is activated. Exponential damage evolution 

laws are used to represent the cohesive response of 

all the failure modes of the ply. Turon et al. [28] 

studied the effects of the element size on the 

force/displacement response of a DCB test. It is 

shown that accurate results can be obtained using 

elements with length smaller than 1 mm, and a 

minimum number of 5 elements within the cohesive 

zone is necessary for accurate simulations. It is also 

shown that the interface stiffness can have a huge 

influence on the accuracy of the solution as well.  

This work intends to perform both experimental and 

numerical analysis of Double Cantilever Beam 

(DCB) and End Notched Flexure (ENF) tests on 

non-nanomodified and nano-modified samples are 

done. Different configurations of nanolayers are 

manufactured, then interleaved into CFRP laminates 

and tested. Experimental results are eventually used 

as a base to identify delamination models of both 

virgin and nanomodified specimens. Simulations 

done using cohesive zone have a double purpose: 

1) to model the presence of a nanofibrous 

interleave into an epoxy-based composite 

laminate. Different configurations of nanolayer 

were manufactured, and each feature affects the 

behavior of the whole laminate in its way: 

simulations have the purpose to link the 

geometrical feature of the nanofibrous mats to 

the global mechanical properties of the 

laminates; 

2) to provide a useful tools to those designer who 

want to reinforce their laminates with 

nanofibers. Authors attempt to provide a tool 

capable to predict the nanointerleaved laminate 

behavior to be used in practical applications.  

2. Experiments 

2.1 Testing methodology 

Mode I (DCB) and Mode II (ENF) fracture 

mechanic tests were performed on 20 plies, 20 mm 

width, virgin and nanomodified composite laminate 

specimens according to the international standards 

ASTM D5528 [29] and ASTM 7246 [30] 

respectively (Figure 1). 

 

 
                (a) DCB.                     (b) ENF test. 

Figure 1: Experiments. 

 

An initial delamination is required for both the tests, 

in the mid-thickness of the specimen, and it was 

provided by a 15µm thick Teflon sheet, placed 

during the lay-up process. Electrospun 

nanointerleave is placed into nanomodified 

specimens in the delaminated interface during the 

lay-up. Experiments were performed under 

displacement control condition at constant crosshead 

rate of 1.5mm/min in a servo-hydraulic universal 

testing machine Instron 8033 with a force capacity 

in the range 5-250 kN. Load and crosshead 

displacement were recorded 10 times per second 

during the test. For each configuration, 5 specimens 

were manufactured and tested, and the results are 

given by the average of all the tests. 

As previously mentioned, the effect of the 

architecture of the nanoreinforcement is investigated 

by manufacturing different nanofiber configurations. 

In particular: 

• nanoreinforce of 25 and 50 µm thicknesses 

were electrospun by changing the 

electrospinning process time; 

• nanoreinforce with random and aligned fibers 

were electrospun. Oriented nanofibers will be 

placed in the direction of the length of the 

beams; 

• nanofibers with diameters of 150 and 500 nm 

were electrospun. Fiber diameter distribution 

was determined by measuring 200 fibers per 

sample, with an image acquisition software 

(EDAX Genesis). 

A full description of the electrospinning process can 

be found in [31]. Thus a full experimental campaign 

with 3 parameters and 2 factors was carried out: it 

leads to 8 different nanomodified configurations, 

each one identified with a code made by 4 

characters: 

• the first two digits indicate the concentration of 

the polymer into the electrospun solution, 
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3  

which is realted to the nanofiber diameter: 14 in 

the case the diameter is 150 nm, 25 for a 

diameter of 500 nm; 

• the third character is a letter related with the 

nanofiber orientation: R indicates Random 

fibers, while O is related to oriented (aligned) 

nanofibers; 

• the last one is a letter which represents the 

nanolayer thickness: B indicates a 25 µm layer, 

C indicates the 50 µm one. 

Configurations and codes are summarized in Tab. 1. 

 
Table 1. Nanofibers configurations. 

Thickness Orientation Diameter Code 

25m 

Random 
150 nm 14RB 

500 nm 25RB 

Aligned 
150 nm 14OB 

500 nm 25OB 

50m 

Random 
150 nm 14RC 

500 nm 25RC 

Aligned 
150 nm 14OC 

500 nm 25OC 

 

Both the DCB and the ENF tests were then 

performed on 9 configurations: one virgin and 8 

nanomodified. 

2.2. Results and discussion 

In Figure 2 the most representative curves of each 

configuration are presented. In Figure 2 the force/ 

width vs. displacement data of DCB experiments are 

reported, while ENF tests are plotted in Figure 3. 

 

 
Figure 2. Results of DCB tests. 

 

Not all the nanofiber configurations yield an 

increase of the peak force and/or a pseudo-ductile 

behavior undermeaning a toughening of the 

interface. Indeed, this is true essentially in the case 

of the 14RB configuration only. The effect of the 

nanoreinforce on the global behavior of the laminate 

is the results of two important and complementary 

contributions: from one side the nanofibers bring a 

positive reinforce effect to the interface, but on the 

other side, at the same time they make a stand to the 

resin flow during the curing process. 

 

 
Figure 3. ENF test results. 

 

The reinforcement mechanism of the nanofibers is 

illustrated in Figure 4, where two SEM pictures of 

fractured surface are shown. 

 

  
Figure 4: SEM fractography 

 

It is clear that even if the matrix is broken, and 

cannot longer carry loads, many nanofibers still link 

the two layers where they are placed in between, 

given a self-reinforcing effect to the laminate. 

As previously mentioned, the presence of nanofibers 

represent an obstacle to the resin flow during the 

curing process, and it may leads to leave voids and 

defects, that weaken the interface. It means, for 

example, that increasing the nanofiber thickness, 

even if the reinforce is greater, may generate a 

weaker interface that globally decrease the laminate 

strenght. It was proven that aligned nanofibers are 

more compact and with a lower grade of porosity 

with respect random mats, i.e. less possibility of 

resin penetration. The risk is therefore that an 

interface with aligned nanomat will not be fully 

impregnated by the resin. In a similar manner, 

thickness of nanolayers influences the permeability 

of the interface and similar considerations can be 

also done for the diameter of the fibers. 
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3. Numerical modelling 

The aim of this section is to identify a behavioral 

model based on cohesive zone for simulating 

delamination of the nanomodified interface under 

simple loads (DCB and ENF tests). The simulation 

is performed with FE code Abaqus using cohesive 

elements at the delaminating interface and implicit 

time integration. 

The traction-separation behavior assigned to 

cohesive elements is exemplified in Figure 5 by a 

triangular law. The elements initially behave 

linearly. When a certain level of displacement (or 

stress) is reached, the stiffness and strength are 

progressively reduced until the complete separation 

is obtained. This type of cohesive law fits reasonably 

well to a predominantly brittle fracture, where the 

force/opening curve presents an initial maximum 

peak followed by an exponential-like decay.  

 

si2

di2di2
cdi2

0

D = damage

si2max

damage initiation

damage evolution

Ki2
0

Ki2 = (1-D)Ki2
0

G i

i=2 => opening

i=1 => shearing

 
Figure 5. Example of a linear damage cohesive law. 

 

If a significant fiber bridging is present, the cohesive 

law can be broken up into two components, 

associated with matrix cracking and with fiber 

bridging respectively (Figure 6), which has been 

shown more appropriate in describing the 

experimental behavior than a simple linear damage 

law such as the one in Figure 5 [32]. 

 

Bridging energy, Gib = Gi - Gim

si2m,max

si2b,max

di2m
0 di2b

0 di2
c

Matrix damage and failure energy, Gim

si2

di2

i=2 => opening

i=1 => shearing

 
Figure 6. Schematic mode I traction–separation law used 

to describe fracture of composite with fiber bridging. The 

peak load corresponds to matrix cracking, followed by 

fiber pull-out [32]. 

With reference to Figure 5, the identification of 

parameters starts from the initial stiffness K22
0
, that 

is determined by increasing progressively the value 

until the FE trend coincides with the elastic part of 

the experimental data. Once established the stiffness, 

a value of s22,max is determined by taking the 

cohesive energy G1 = GIc, then increasing 

progressively s22,max until little, if no deviation from 

linearity is left before the force peak. Finally, the 

cohesive energy G1 is varied until a good 

convergence is found on the post-peak force trend. 

The same procedure is used also in the case of mode 

II. In the case of the bi-linear damage law shown in 

Figure 6, K22
0
 and s22m,max are determined in the 

same way as for the linear damage law. The value of 

s22b,max, G1m and G1 are then identified by trial-and-

error process in order to reproduce as closely as 

possible the data in the post-force peak phase. 

3.1. DCB modelling 

All the simulations were carried out using a 2D 

plane strain finite element model: fully integrated 

square four-node elements (size 0.25 mm) were used 

to simulate the cantilevers, while square cohesive 

elements (size 0.1 mm) were used to simulate the 

delamination. The force is transmitted via rigid 

kinematic constraints simulating the fixtures. Figure 

7 shows the model. Table 2 summarizes the elastic 

constants used in the simulations of the 

carbon/epoxy laminate. 

 

 
Figure 7. FE model of the DCB specimen. 

Table 2. elastic constants used in the simulations of the 

carbon/epoxy laminate. 

E11 

[GPa] 

E22 

[GPa] 

E33 

[GPa] 

G13 

[GPa] 
12 23 13 

59 59 8 0.8 0.261 0.261 0.062 

 

3.2. ENF modelling 

The numerical modelling follows the same general 

set-up described for the DCB tests. The mesh was 

refined only at the end of the initial delamination, in 

the region where the crack was expected to 

propagate, up to 10 mm beyond the half-length of 

the specimen (in the opposite side of the 

delamination), since it was experimentally found 

ICCM19 3754



NUMERICAL STUDY OF THE EFFECT OF NYLON 6,6 ELECTROSPUN NANOFIBROUS MATS TO THE 

DELAMINATION STRENGTH OF CFR-EPOXY COMPOSITE LAMINATES      
 

5  

that the crack can overpass the mid-length of the 

specimen during loading. The mesh was only refined 

in the direction of crack growth. Figure 8 shows the 

geometry used during the study in a partially loaded 

state. 

 
Figure 8. ENF model in a partially loaded state. 

3.3. Mode I loading results 

The Mode I fracture behavior of the virgin material 

has been as a first attempt modelled with the linear 

damage law represented in Figure 5, where the area 

under the traction-separation law is taken equal to 

the corresponding experimental critical strain energy 

release rate.  

Figure 9 shows the comparison between the 

experimental result and the numerical solution of the 

virgin specimen obtained using the linear damage 

model. Once calibrated, this law fits well to the case 

of the non-modified interface, where the 

force/opening presents an initial maximum peak 

followed by an exponential-like decay.  

 

 
Figure 9. Comparison between experiment and cohesive 

zone model in the case of virgin laminate. 

 

As found in the literature [33], the linear damage 

model is rather insensitive to the choice of the 

critical stress (within some limits: extremely low 

values of critical stress give poor results in terms of 

maximum peak force). A critical stress high enough 

to sharpen the force-opening peak as in the 

experiments is used here. Concerning the fracture 

energy of the cohesive law, the value of GIc is used. 

Nanomodified interfaces are modelled using the 

cohesive law of Figure 5 or the one of Figure 6 

depending on the case: i) if the force/opening 

presents an initial maximum peak followed by an 

exponential-like decay, the type of Figure 4; ii) if the 

initial peak is followed by a plateau, and only 

afterwards it decays as an exponential-like curve, the 

type of Figure 6. In the latter case, the cohesive 

behavioral model is based on the idea that the epoxy 

matrix and the nanofibers work as parallel springs, 

following essentially the traction-separation 

behavior of the stronger and more brittle epoxy 

matrix almost until its failure. At the same time the 

nanofiber cohesive behavior dominates the last part 

of interface damage and failure. The results of the 

identification process are collected in a graphical 

form in Figure 10, while model parameters are 

summarized in Table 3. 

As previously seen in the description of 

experimental results, some tests exhibited a peculiar 

behavior in the pre-peak regime, characterized 

initially by a linear behavior, followed by a 

deviation from linearity, then again by a linear 

segment, having a lower slope than the initial one, 

until failure. These cases were treated considering 

only the second linear segment for the simulation of 

the pre-peak behavior, implying that a longer crack 

length was identified in order to match the lower 

slope of this second linear segment. 

3.4. Mode II loading results 

In the ENF setup the crack grows rapidly. 

Experiments showed that, in the case of non-

modified specimens, once the crack begins to grow, 

the delamination instantaneously overreach the 

centerline of the specimen. As a result, the 

load/displacement graph shows a sharp drop right 

after the maximum force peak. Experiments on the 

nanomodified specimens show a similar behavior. 

Therefore, the simulation was carried out using a 

linear damage cohesive law, taking as cohesive 

energy the value of GIIc,. Starting from the virgin 

material, after calibration the model allows matching 

the maximum force and the force drop but not the 

propagation phase. Indeed, the fracture energy used 

to match the propagation phase is significantly lower 

than that necessary to match the maximum load (see 

table in Figure 11). 

On the other hand, some of the nanomodified 

interfaces showed the opposite behavior, that is the 

fracture energy used to match the propagation phase 

is higher than that necessary to match the maximum 

load. This two-ways behavior may not necessarily 

be explained by an underlying mechanism, but 

simply to an experimental scatter due to the limited 

number of tests. Additionally, the absence of a 

fatigue precrack may induce either a higher or a 

lower amount of energy to start crack propagation 

depending on the relative position of the Teflon foil 

with respect to the nanomat. 

ICCM19 3755



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 
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Figure 10. Comparison of experiments and simulations for the identification of cohesive zone parameters under Mode I. 

 

Table 3. Cohesive zone parameters identified for Mode I loading. 

 

 

 
Figure 11. Result of ENF (virgin material) simulation 

obtained using a triangular shape cohesive law. 

 

The change in fracture energy is therefore simulated 

using two different cohesive laws depending on the 

position along the crack path and in particular the 

cohesive element close to the initial crack tip are 

assigned a higher cohesive energy. The size of the 

"tougher" zone (La) is tuned by comparing the 

simulations with the experimental results. 

 

 
Figure 12. Result of ENF (virgin material) simulation 

obtained using two triangular shape cohesive law, the first 

one only for a length La ahead of the initial crack tip. 

 

 

 

DCB Cohesive Zone Parameters 

Code Γ1 [N/mm] σ22m,max [MPa] K [MPa/mm] σ22b,max [MPa] Γ1bˈ[MPa/mm] 

Virgin 0.75 60 55000 / / 

14  R B3 1 48 55000 1 0.45 

14 R C3 0.3 38 55000 / / 

25 R B2 0.33 25 55000 / / 

25 R C2 0.17 40 55000 / / 

14 O B1 0.28 23 55000 1 0.22 

14 O C1 0.25 20 55000 1 0.22 

25 O B1 0.22 30 55000 / / 

25 O C1 0.2 8 55000 / / 
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Figure 13. Comparison of experiments and simulations for the identification of cohesive zone parameters under Mode II. 

 

Table 4. Cohesive zone parameters identified for Mode II loading. 

 

 

The procedure followed for the tuning of the 

cohesive zone parameters is: 

1. identify those parameters needed to predict the 

maximum load (superscript ' in Figure 12); 

2. identify those parameters needed to predict the 

propagation phase (superscript '' in Figure 12); 

3. assign the parameters obtained after step 1 to 

the cohesive elements for a length La from the 

crack tip. The set of parameters coming from  

step 2 is given to the remaining elements. 

Fitting simulations to experiments identifies the 

value of La. 

The same approach in cohesive law identification 

has been adopted in the case of the tests on 

nanomodified interfaces. The results of the 

identification process are collected in a graphical 

form in Figure 13, while model parameters are 

summarized in Table 4. 
 

4. Conclusions 

In the present paper, the presence of electrospun 

nanofibrous mat as interleaving material in 

composite laminate interfaces by Mode I and Mode 

II fracture tests has been experimentally tested and 

numerically simulated using cohesive zone.  

From the experimental point of view, only a 

reinforcement mat with random fiber arrangement, 

fine fiber diameter and very low thickness (14RB 

Code) gives better results than the virgin material, 

with an increase ranging from 20 to 35% depending  

on loading mode and the propagation instant 

(beginning or steady). The reason is that aligned 

nanofibers are more compact and with a lower grade 

of porosity with respect random mats, i.e. less 

possibility of resin penetration. The risk is therefore 

that an interface with aligned nanomat will not be 

fully impregnated by the resin. In a similar manner, 

thickness of nanolayers influences the permeability 

of the interface and similar considerations can be 

also done for the diameter of the fibers. 

This finding highlights the importance of a correct 

optimization of the architecture of the nanoreinforce 

and designers who want to introduce nanofibers into 

composites must take care of these aspects. On the 

other hand, mats can be used to decrease locally 

delamination toughness in order to tailor the overall 

 Cohesive Zone Parameters 

Code 
Γ2’ 

[N/mm] 

σ12m,max’ 

[MPa] 

K’ 

[MPa/mm] 

Γ2’’ 

[N/mm] 

σ22b,max’ 

[MPa] 

K’’ 

[MPa/mm] 
La [mm] 

Virgin 2.7 48 55000 / / / / 

14 R B1 3.3 40 55000 4.6 51 55000 20 

14 R C2 1 17.5 55000 2 35 55000 25 

25 R B3 1.1 30 55000 1.45 30 55000 25 

25 R C1 1.65 30 55000 / / / / 

14 O B2 1.8 35 55000 3 48 55000 25 

14 O C3 3.1 45 55000 3.45 48 55000 10 

25 O B1 0.7 14 55000 0.28 7 55000 10 

25 O C3 1.25 17 55000 0.35 8 55000 20 
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energy absorption of the laminate according, for 

example, to the impact energy. 

From the numerical point of view, in Mode I a 

bilinear damage law came out to be necessary in 

several cases to match the experimental behavior of 

the nanomodified interface, while the virgin material 

can be represented through a simple linear damage 

law. The necessity of using a bilinear damage law 

has been related to the crack bridging and obstacle to 

crack growth caused by nanofibers. Under Mode II 

loading instead, virgin and nanomodified materials 

behaved similarly until the initiation of fracture, 

which was matched by a simple linear damage law.  

However, in order to match both the starting and 

steady-state crack propagation phases, a specific 

procedure for the cohesive parameters identification 

has been developed, as initial and steady-state 

cohesive energy values were in general different. 
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1 Introduction  
Structural fibre-reinforced polymers like carbon or 

glass fibre composites are limited to 1.5-4% of 

deformation before their final failure. This limitation 

is a result of the intrinsic brittleness of the 

reinforcing fibres. The composite strain-to-failure 

can be enhanced with the use of more ductile fibres, 

but most known ductile fibres such as polymeric and 

natural fibres are not stiff enough to compete with 

carbon and glass. 

 

Fibres that simultaneously combine high stiffness 

and high strain-to-failure are difficult to find. A new 

type of fibres became recently available - steel fibres 

with stiffness of ~193 GPa, strain-to-failure of ~20% 

and diameter of 30 µm. Steel has a unique 

characteristic that its strain-to-failure can be altered 

using a heat treatment without affecting its stiffness. 

The previous research [1,2] has shown that 

composites made from these fibres possess a high 

stiffness and a high strain-to-failure. However, the 

full potential of 20% of strain has not yet been 

realized. 

 

The purpose of the present study is to optimize 

properties of steel fiber composites by modifying the 

fibre/matrix adhesion. A higher adhesion may hinder 

development of matrix cracks and lead to a higher 

strength and strain-to-failure of a composite. In case 

of a too high adhesion, however, the cracks may 

result in localization and magnification of the strain, 

which is likely to cause earlier failure of the fibres. 

Thus, an optimal level of adhesion is sought. 

 

For modification of the adhesion, different silane 

coupling agents are deposited on the fibre surface 

using wet chemical methods. Unidirectional (UD) 

and cross-ply (0,90)s laminates are produced using a 

vacuum assisted resin infusion process. The 

produced composites are tested in a transverse 3-

point bending test and under quasi static tensile 

loading to assess the effect of the adhesion 

modifications. 

 

2 Materials and methodology 

2.1 Raw materials 

The annealed stainless steel fibres are supplied by 

NV Bekaert SA. They are woven in a quasi-

unidirectional (Q-UD) structure consisting of steel 

fibre weft yarns and thin polyethylene terephthalate 

(PET) warp yarn (Fig. 1). The areal density of the 

weave is 1425 g/m². The steel fibres have a diameter 

of 30 µm and are made of a 316 stainless steel alloy.  
 

The matrix is an Epikote 828LVEL (a Bisphenol-A 

type) epoxy resin with a 1,2-diaminocyclohexane 

(Dytek DCH-99) as hardener (15.2 / 100). 

 

2.2 Modification of steel fibre surface 

To modify the steel surface, silane coupling agents 

are used, which form a covalent chemical bridge 

between the steel surface and the epoxy matrix. The 

deposition is done by dipping the steel fibres into an 

alkoxysilane solution in a water/alcohol mixture. 

The alkoxysilane molecules in solution need to be 

sufficiently hydrolysed before they can attach to the 

steel surface by condensation of hydroxyl groups, 

while self-condensation in solution should be 

minimized (Fig. 2). 

 

The silanes are shown in figure 3: 3-Aminopropyl-

triethoxysilane (APS) (a) and 3-

glycidoxypropyltrimethoxysilane (GPS) (b) were 

purchased from Acros Organics, 1,2-

bis(triethoxysilyl)ethane (BTSE) (c), acetic acid and 
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deuterated solvents for NMR measurements from 

Aldrich. 

Before deposition of the silanes, the steel fibres were 

cleaned ultrasonically in ethanol for 15 minutes. 

After rinsing them in water and blow drying, the 

steel fibres were dipped in the alkoxysilane solutions 

and briefly rinsed in ethanol. 

 

The APS solution was prepared from a 90/10 (v/v) 

water/ethanol mixture to which 2 v% silane was 

added. The GPS solution was prepared analogously, 

but the mixture was acidified with acetic acid up to 

pH 5. The BTSE solution was prepared starting from 

a 50/50 (v/v) water/ethanol mixture and also 

acidified with acetic acid. These solutions were 

stirred until maximum hydrolysis was reached. 

 

After deposition, APS and GPS condensation to the 

substrate occurred by 4h of condensation in a 

vacuum oven at 90°C. In the case of combination 

with BTSE, the latter was first deposited on the 

substrate, dried for 1h at 90°C in a vacuum oven, 

after which APS was applied as described above. 

 

With these coated fibres composites were produced 

within 1 hour after drying in the vacuum oven to 

eliminate aging effects. 

 

2.3 Composite production  

Three layers of the quasi UD structure were stacked 

for the UD laminate. Four layers were stacked for 

the cross-ply laminate in (0,90)s. The composite 

plates were produced using a vacuum assisted resin 

infusion process. The impregnation was done at 

40°C and the epoxy was cured for 1h at 70°C and 

post-cured for 1h at 150°C. 

 

The produced laminates were investigated using 

optical microscopy and no voids or defects were 

found. Fibre volume fraction based on the thickness 

and areal density of the fabric was in case of the UD 

laminate 40.6 ± 1.1% and in case of the cross-ply 

laminate 38.4 ± 1.3%. Figure 4 shows a cross-

section of the UD laminate. The steel fibres are 

produced using bundle drawing, a process in which 

multiple fibres are combined in a copper matrix and 

further drawn to smaller diameters. Due to this 

process the fibres are packed in a hexagonal packing 

and this is largely retained when the copper is 

removed. Due to this hexagonal packing, the fibre 

volume fraction within a yarn is on average 75.8 ± 

2.2% (image analysis). 

 

2.4 Experimental methodology 

The transverse 3-point bending test was performed 

according to ASTM D790 on an Instron 4467. The 

test speed was 1 mm/min. Sample thickness and 

width were 1.5 mm and 10 mm, respectively, and 

the span was 50 mm. 

 

The UD and cross-ply samples were additionally 

tested under quasi static tensile loading. The tests 

were performed according to ASTM D3039 on an 

Instron 4505. The displacement was controlled (2 

mm/min) and the loading was measured using a 100 

kN load cell. Sample thickness and width for the UD 

tensile samples were ± 1.5 mm and 15 mm, 

respectively, and for the cross-ply samples ± 2 mm 

and 25 mm, respectively. The gauge length was 150 

mm and no end tabs were used.  

 

The strains were measured using an optical 

extensometer. This technique uses a camera that 

takes digital images of the central region of the 

sample every 500 µs during the test. Digital image 

correlation software Vic2D (LIMESS Messtechnik 

und Software GmbH) was used to calculate the 

average strain on the surface of the sample. The 

same images were used to observe the formation and 

growth of cracks on the specimen surface. 

 

The damage development is additionally evaluated 

using acoustic emission registration. Two acoustic 

sensors (V5375-M) at the surface of the sample were 

used to detect sound waves, one at each end of the 

tensile sample. The energy of the AE events was 

recorded by VALLEN system and plotted as a 

function of strain. 

 

2.5 Modelling methodology 

An in-house developed software tool, WiseTex [3], 

is used to model the architecture of the quasi-UD 

woven fabric. The geometrical model is then 

transferred to TexComp software tool to predict the 

Young’s modulus of the composite. The predictions 

are based on a homogenization technique, which 

employs the Eshelby solution and the Mori-Tanaka 
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assumption about inclusion interactions. The output 

of this model is used in the classical laminate theory 

to calculate the effect of the fibre alignment on 

composite stiffness. The properties of the constituent 

materials are taken as follows: stainless steel 

(Young’s modulus (E) = 193 GPa, Poisson (ν) = 

0,3), PET (E = 3 GPa, ν = 0,3), epoxy (E = 3 GPa, ν 

= 0,3). The fibre volume fraction is assumed to be 

40%. 

 

3 Results and discussion 

3.1 Transverse 3-point bending test results 

The transverse 3-point bending test results show a 

significantly higher strength in case of the APS and 

GPS coatings (Fig. 5). The highest increase in 

strength, 46%, was measured in case of the GPS 

coating. The combination of BTSE and APS 

decreased the strength by 32%. 

 

For further testing these two extremes (GPS and 

BTSE+APS) were used to analyse the influence of 

higher and lower adhesion strengths. 

 

By optimizing the characteristics of the silane 

solutions and the dipping treatments these results 

can even be further improved depending on the 

outcome of the tensile tests. 

 

3.2 Tensile test results: UD composite 

Figure 6 shows the stress-strain curves of the tested 

UD specimens. The reference material shows a 

strain-to-failure of 14.1 ± 1.5%. This is almost 

double compared to previous research [1] due to a 

different weave structure and about nine times 

higher than a typical UD carbon fibre composite and 

five times higher than a typical UD glass fibre 

composite. This shows that there is a huge potential 

to enhance the toughness of polymer composites by 

using steel fibres, since the full potential of the steel 

fibres (approx. 20%) is still not entirely realized. 
 

The strain-to-failure of the reference is significantly 

higher than the strain-to-failure of the treated 

specimens. This is attributed to the misalignment of 

fibres that was introduced during the fibre surface 

treatment. During the treatment the Q-UD weave is 

deformed and this deformation results in a 

misalignment, which can be up to 10° locally (Fig. 

7). The treated samples are noted to fail earlier due 

to cracks starting from discontinued fibres at the 

sides of the samples. To properly assess the effect of 

the fibre/matrix adhesion on the composite tensile 

properties, the fibre misalignment needs to be 

eliminated. Further research is, thus, required to 

make definitive conclusions about the effect of the 

adhesion on composite strain-to-failure. 

 

This local misalignment not only results in an earlier 

failure, but also in a lower stiffness (Fig. 8). The 

modelled stiffness is 78.9 GPa. When a 

misalignment of 5° is inserted in the model, the 

stiffness drops to 64.3 GPa. Comparing this with the 

experimentally measured values, it is likely that the 

misalignment is on average approx. 5° in case of the 

treated specimens. 

 

While no conclusions can be drawn about the final 

failure, it can be noted that the yield strength of the 

GPS coated tensile specimens is significantly higher 

than that of the reference, which can be attributed to 

the higher adhesion as measured in the 3-point 

bending test (Fig. 8). 

 

The effect of the misalignment can also be seen in 

the AE results (Fig. 9). The reference material shows 

a steep increase in cumulative acoustic energy while 

the coated specimens both show a more gradual 

increase. This can be due to the progressive failure 

occurring from the sides of the tensile samples. At 

the sides, steel yarns are cut due to their 

misalignment, cracks originate and grow parallel to 

the steel fibre yarns. This differs from the reference 

in which the failure is perpendicular to the loading 

direction (Fig. 10). 

 

However, comparing the coated systems, it can be 

seen that the system with the lower adhesion (BTSE 

+ APS) shows an even more gradual increase in 

cumulative acoustic energy. In case of the higher 

adhesion a more stepwise curve is recorded. It is 

thus possible that the higher adhesion delays the 

crack growth until a certain strain, after which the 

crack violently grows further. 

 

From the observations it can be noted that modifying 

the surface influences the yield strength and the 

failure process of the UD tensile samples. However 
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due to the misalignment in the samples with treated 

fibres it is unclear whether a higher or lower 

adhesion is beneficial for the UD tensile behaviour. 

 

3.3 Cross-ply tensile results 

Figure 11 shows the stress-strain curves of the cross-

ply samples. The reference material shows an 

average strain-to-failure of 17.4 % (at the time of 

writing only two samples were tested and as a result 

the 95% confidence interval is 15.4%). The strain-

to-failure is expected to be in the same range as the 

UD tensile samples. 

 

Similar as for the UD tensile samples, the coated 

samples show fibre misalignment, which is probably 

responsible for the earlier failure and lower stiffness 

(Fig. 12). It is, however, less pronounced due to the 

presence of the 90° layer. The modelled stiffness of 

the cross-ply laminate is 43.2 GPa. A 5° average 

misalignment decreases the modelled stiffness to 

38.6 GPa. 

 

The yield strength of the GPS coated sample is ± 

10% higher compared to the reference material (Fig. 

12), which is also clearly visible on the stress-strain 

diagram (Fig. 11). This can be attributed to the 

higher adhesion in case of the GPS coating. Since 

the difference in yield strength is more pronounced 

than in case of the UD tensile samples, it is 

reasonable to assume that the strength of the 90° ply 

has increased significantly due to the GPS coating. 

 

No real difference in yield strength could be found 

between the reference material and the BTSE + APS 

coating. 

 

By using simple micromechanical models [1], the 

effect of the coating on the in situ behaviour of the 

90° ply can be examined. This is done by assuming 

that the 0° and 90° ply do not influence each other 

and thus the isostrain assumption is valid. The in situ 

behaviour of the 90° ply can be found by subtracting 

a representative tensile curve of an UD composite 

(Fig 13) from the experimental tensile curve of the 

cross-ply composite. 

 

In Fig.13 it can be seen that due to the GPS coating 

the 90° ply can reach higher stresses before 

transverse cracks occur. The BTSE+APS coated 

material, on the other hand, has a lower stress in the 

in situ behaviour of the 90° ply. It appears that the 

lower adhesion due to the BTSE + APS coating 

lowers the strength of the 90° ply inside the 

composite. 

 

In the acoustic emission results a similar trend can 

be seen (Fig. 14). The first events and first jumps to 

higher energy events occur at higher strains in case 

of the GPS coated samples, compared to the 

BTSE+APS coated samples. The BTSE+APS coated 

samples show a more gradual cumulative energy 

curve, which indicates a more gradual damage 

progression. 

 

After about 1% strain the cumulative energy of the 

GPS coated samples surpasses the cumulative 

energy of the BTSE+APS coated samples. This is 

due to the higher stress build-up in the 90° plies of 

the GPS coated samples, which leads to higher strain 

energy releases when cracks are formed. This is 

confirmed by the in situ behaviour of the 90° plies 

because the stress for the GPS and BTSE+APS 

coated samples decreases with approximately the 

same rate after the peak stress. This means that more 

energy (stress times strain) needs to be released in 

case of the GPS coated samples 

 

Similarly to the case of the UD tensile samples, the 

reference material shows a more steep increase in 

cumulative acoustic energy which can be attributed 

to the misalignment in the coated tensile samples. As 

a result, further research is needed to compare the 

behaviour of the reference material with the coated 

materials. 

 

Figure 15 shows the surface of a reference tensile 

sample at different strain levels. Cracks are clearly 

visible and are homogenously distributed over the 

entire surface. In further research these images will 

be compared to the different coatings to confirm the 

assumptions based on the acoustic emission results. 

 

It can be concluded that the adhesion greatly 

influences the stress-strain behaviour of the 

composite through the behaviour of the 90° plies. 

Enhancing the adhesion ensures a higher in situ 

strength of the 90° ply and thus also a higher yield 

strength of the composite. Due to the fibre 

misalignment introduced during the fibre surface 

ICCM19 3763



 

treatment, it remains unclear whether the higher 

adhesion also increases the strength and strain-to-

failure of the composite.  

 

4 Conclusions  

The results of this research show that annealed 

stainless steel fibres are a promising solution to 

enhance the toughness of polymer composites. The 

strain-to-failure of the produced composites is nine 

times higher than of a typical carbon fibre composite 

and five times higher than a typical glass fibre 

composite. The full potential of the steel fibres 

(~20% of strain to failure) is, however, not yet 

realized. 

 

By modifying the surface of the steel fibres with 

different silane treatments, an increase of 50% and a 

decrease of 30% in transverse 3-point-bending 

strength can be realized. The modified fibre/matrix 

adhesion is found to have an influence on the yield 

strength and failure behaviour of the steel fibre 

composites. 

 

Increasing the adhesion by 50% leads to a higher 

tensile yield strength in both the UD and cross-ply 

composites and a higher in-situ strength of the 90° 

plies. 

 

Decreasing the adhesion by 30% does not have a 

clear influence on the tensile yield strength, but does 

decrease the strength of the 90° ply, resulting in a 

more gradual damage progression. 

 

Further research is needed to investigate the 

influence of the adhesion on the strain-to-failure and 

the strength of the composite. An optimized 

fibre/matrix adhesion should ensure a full use of the 

toughness potential of the steel fibres. 
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Fig. 1: Photograph of the quasi-unidirectional (Q-UD) 

woven structure 

 

 
Fig. 2: (a) Alkoxysilane hydrolysis and self-condensation 

(b) Condensation to the surface 

 

 
Fig. 3: Silanes used: APS (a), GPS (b) and BTSE (c) 

 

 
 
Fig. 4: Optical microscopy image of the cross-section of a 

UD laminate 

 

5 mm 

Steel fibre yarn 

PET fibre yarn 
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Fig. 5: Transverse 3-point-bending strength of steel fibre 

composites with different fibre surface treatments 

 

 
Fig. 6: Normalized stress-strain curves of the UD tensile 

samples and 40 % of the steel fibre stress-strain curve 

 

 

Fig. 7: Photograph of the local misalignment of the fibres 

on one of the treated specimens 

 

 Reference GPS BTSE+APS 

Vf (%) 40.6 ± 1.1 39.6 ± 0.9 36.6 ± 0.4 

Stiffness 72.2 ± 2.6 63.0 ± 9.7 57.3 ± 2.2 

[GPa] 

Yield 

strength 

[MPa] 

172.6 ± 4.9 178.4 ± 6.6 159  ± 3.8 

    

Normalized to Vf = 40% 

Stiffness 

[GPa] 
71.2 ± 1.1 63.7 ± 10.8 62.5 ± 2.0 

Yield 

strength 

[MPa] 

170.1 ± 1.2 180.2 ± 3.0 174.2 ± 2.2 

Fig. 8: Experimentally measured stiffness and yield 

strength of the UD tensile samples 

 

 

Fig. 9: Cumulative acoustic energy curves of the UD 

tensile samples 

 

 

Fig. 10: Photograph of the difference in failure for a UD 

reference sample (top) and a UD coated (GPS) sample 

(bottom) due to the misalignment of the steel fibre yarns 
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Fig. 11: Normalized stress-strain curves of the cross-ply 

tensile samples 

 

 Reference GPS BTSE+APS 

Vf (%) 38.5 ± 0.6 36.4 ± 1.8 37.5 ± 1.2 

Stiffness 

[GPa] 
37.3 ± 0.3 33.3 ± 0.8 34.8 ± 2.3 

Yield 

strength 

[MPa] 

95.5 ± 8.1 99.7 ± 1.7 94.6 ± 1.6 

    

Normalized to Vf = 40% 

Stiffness 

[GPa] 
38.7 ± 0.4 36.6 ± 1.1 37.1 ± 1.9 

Yield 

strength 

[MPa] 

99.1 ± 8.4 109.7 ± 4.8 101.0 ± 1.7 

Fig. 12: Experimentally measured stiffness and yield 

strength of the cross-ply composites  

 

 
Fig. 13: In situ tensile behaviour of the 90° plies inside 

the cross-ply laminates. 

 

 
Fig. 14: Cumulative acoustic energy curves of the cross-

ply composites under tensile loading 

 

 
Fig. 15: Photographs of the surface of a cross-ply 

reference composite under tension at different strains 
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1 Introduction  

One of the main applications of carbon nanotube 

(CNT) has been found in manufacturing polymer 

nanocomposites. Owing to its superior electrical and 

mechanical properties, CNT should theoretically 

enhance the properties of polymers drastically [1]; 

however, in practice, the degree of enhancement in 

properties is much lower than expected [2-5]. 

Besides, in the attempts that have been made in the 

literature to improve the properties of polymers by 

adding CNT, different reinforcing behaviours have 

been observed. For instance, both improvement and 

degradation in the mechanical properties of CNT-

modified polymers have been reported [3]. A wide 

range of manufacturing techniques have been 

developed to overcome this problem and efficiently 

incorporate CNT into polymers; however, 

manufacturing CNT-modified polymer is still 

challenging because of the nanotubes nanoscale size  

[6]. 

Dispersion of CNTs is one of the most important 

challenges toward manufacturing CNT-modified 

polymers. CNTs have large aspect ratio and specific 

surface area because of which they entangle readily 

with each other when supplied at commercial scale. 

Mechanical reinforcement of polymer 

nanocomposites, however, requires disentanglement 

of nanotubes from the bundles and dispersing them 

uniformly within the polymer matrix. On the other 

hand, even when dealing with low CNTs weight 

fractions (less than 1 wt.%) an extremely large 

number of CNTs should be dispersed in the matrix. 

This makes the dispersion of CNTs extremely 

difficult and their reagglomeration almost inevitable 

during and after the processing steps. 

Chemical and physical treatment of CNTs has been 

widely used to ease their disentanglement. Use of 

solvents, surfactants, functionalization, and polymer 

wrapping are just a few examples of different 

treatments used towards improved dispersion of 

nanotubes [3]. Regardless of the chemical treatment, 

the use of sonication or mechanical mixing is 

inevitable for obtaining an acceptable degree of 

dispersion.  

Once a favorable state of dispersion is achieved 

through a controlled processing condition, the 

polymer may be heated to complete the synthesis of 

the final product. For epoxy resins, nanotubes are 

usually mixed with the resin first, and then, a curing 

agent is added to complete the chemical crosslinking 

reaction. Depending on the type of epoxy/curing 

agent system used, a cure cycle may be necessary to 

obtain a fully cross-linked network. Microscopic 

examinations performed on the cured CNT-modified 

epoxies revealed that the state of dispersion degrades 

when cured at temperatures higher than room 

temperature. 

Several studies have postulated reasons behind the 

reagglomeration of nanotubes during the curing 

process. It has been discussed that at high 

temperatures, a reduction of the resin viscosity 

enhances the mobility of particles, which facilitates 

their movement towards each other and 

reagglomeration because of strong attractive van der 

Waals forces [7-9]. The state of dispersion can be 

aggravated further if the nanotubes have low affinity 

with the polymer matrix at high temperatures [7]. 

Another factor that influences the dispersion 

stability is the low shear forces caused by stirring or 

resin flow during processing [8, 10-12]. Although 

high shear forces are beneficial in breaking down the 

aggregates of nanotubes during the dispersion steps, 

low shear forces facilitate the local movement of 

particles, which can result in their reagglomeration 

[13, 14]. In a recent study [15], a direct relationship 

between the shear rate and the dispersion instability 

was observed for CNTs in an epoxy resin. In another 
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study by Pegel et al. [11] a similar trend was 

observed for CNT-modified polycarbonate melts.  

The nanotube concentration is another factor that 

affects the dispersion stability at high temperature. 

Ma et al. [16] discussed that there is a higher chance 

of reagglomeration at higher concentration because 

of the reduced inter-particle distance. Rosca et al. 

[17], on the contrary, reported a higher degree of 

reagglomeration at high temperatures for 

formulations containing low concentrations whereas 

the change in dispersion was not significant at high 

concentrations. Increased viscosity at higher 

concentration was explained as the reason for this 

observation. The addition of hardener and the cross 

linking reaction is also believed to alter the 

dispersion stability [8, 18].   

In light of the above, the objective of this paper is to 

understand the dependency of CNT dispersion 

stability to heating rate, temperature, CNT 

concentration and addition of hardener to a CNT-

modified epoxy system.  

2 Materials and methods 

2.1. Materials 

Multiwall carbon nanotubes (MWNTs) supplied by 

Bayer Material Sciences (Baytubes C150) were used 

in this study. Baytubes C150, which are produced by 

chemical vapor deposition, have average outer 

diameter of 13-16 nm and length of 1-10 µm. AKD 

2377 epoxy resin supplied by Axson (formerly 

Nanoledge Inc.) was used to prepare the 

nanocomposites. The epoxy system is semi-solid at 

room temperature, which is ideal for fabricating 

resin films and prepregs.  

To prepare epoxy nanocomposite, epoxy was first 

heated at 70 °C to lower its viscosity to a suitable 

level at which it can be processed. CNTs were also 

preheated at this temperature to facilitate the mixing 

process. Then, weighted amount of CNTs was added 

to epoxy resin and mixed using a high shear mixer. 

Formulations containing 0.1 wt% and 0.3 wt.% of 

CNTs were produced using this technique. These 

formulations alone were used to study the stability 

of dispersion under different heating conditions. 

However, to examine the effect that addition of 

hardener may have on stability of dispersion, 

formulations mixed with hardener were also 

prepared. 3,3'-Diamino Diphenyl Sulfone (DDS) 

was used as an appropriate hardener for this epoxy 

system. DDS was heated at 70 °C before mixing 

with resin. The required amount of DDS (resin to 

DDS ratio of 100:16) was then mixed with the resin 

using a shear mixer for 10 min. The mixture was 

degassed in a vacuum oven at 70 °C for 30 min to 

remove any bubbles that was possibly formed during 

the mixing steps.  

2.2. Methods 

2.2.1. Rheological measurements  

The rheological behaviour of various formulations 

was measured using a TA Instrument AR2000 

Rheometer. A 25 mm disposable aluminum parallel-

plate setup with a gap of 800-1000 µm was utilized. 

Rheological measurements were carried out in the 

oscillatory mode with a frequency of 1 Hz. Strain 

value of 10% was fixed as the controlled variable for 

all experiments. The initial temperature for the 

experiments was fixed at 70 °C to facilitate the flow 

of resin. 

2.2.2. In-situ dispersion monitoring 

The evolution of the CNT dispersion during the 

heating condition was monitored using a hot stage 

microscopy setup. A hot stage (Linkam THMS600) 

was mounted on a transmitted optical microscope 

capable of acquiring pictures of the sample under 

study. More information regarding this experimental 

setup can be found in [15]. For each experiment, 

around 1 mg of resin was placed on a cover glass 

and then, the temperature was raised to 70 °C to 

bring the resin to a viscous liquid phase. Then, 

another cover glass was placed on the top while 

maintaining the gap between two glasses at 25 µm 

using a metal spacer. Finally, the desired heating 

condition was applied.  

Fig. 1a indicates a typical image of dispersion for 

the formulations consisted of epoxy resin and CNTs 

alone (without hardener). In this figure, the yellow 

background represents the resin whereas the darker 

spots denote aggregates of CNTs. Obviously, it is 

not feasible to observe the dispersion of individual 

nanotubes under an optical microscope, and only 

aggregates of CNTs can be detectable. On the other 

hand, because of nanoscale nature of CNTs, it is not 

practical to fully disperse all individual nanotubes 

within the polymer matrix making the presence of 

aggregates unavoidable. Therefore, dispersion of 

CNTs at microscale can be used as a useful 
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3  

REAGGLOMERATION OF CARBON NANOTUBES DURING 

PROCESSING OF EPOXY NANOCOMPOSITES

representative of the overall dispersion. Fig. 1b 

shows the micrograph of a formulation mixed with 

hardener, which is a solid white powder at room 

temperature. Presence of hardener crystals is clear in 

this figure, which makes the evaluation of dispersion 

difficult. To solve this problem, before performing 

the experiments, samples were quickly heated to 110 

°C and held for 1 min to dissolve the hardener in 

epoxy resin after which the samples were quickly 

cooled down to 70 °C.  

Understanding the mechanisms by which the 

stability of dispersion is altered requires monitoring 

the state of dispersion during a given heating 

condition. This requires acquiring micrographs at 

small time intervals. Visual qualitative analysis of 

numerous micrographs is time consuming and 

inaccurate. Besides, it is difficult to compare the 

micrographs acquired for different heating 

conditions. To overcome this problem, a quantitative 

dispersion analysis method, which is capable of 

defining a dispersion index for a dispersion 

micrograph, can be applied. In this regard, an 

algorithm for quantitative analysis of dispersion 

degree in polymer composites, which was previously 

developed [19], is used here. A brief description of 

this algorithm is given in the following section. 

3  Quantitative dispersion analysis method 

In this algorithm, the state of dispersion is analyzed 

based on the spatial distribution of particles in a 

micrograph. For a system of particles, a “uniform 

dispersion” is defined as an even distribution of 

individual particles throughout the matrix such that 

the minimum distance between particles is 

maximized. On the contrary, an “agglomerated 

dispersion” occurs when all the particles stick 

together and form a large mass of particles. These 

two definitions are used to propose a criterion for 

quantifying dispersion.  

For a given dispersion micrograph, first, the 

associated binary image is produced. In the binary 

image, on-pixels represent the particle elements 

while off-pixels are considered as matrix elements. 

Then, the distance between any matrix elements to 

the nearest neighboring particle element, di, is 

computed. The mean value of this parameter for all 

matrix elements, µ, is calculated as 

µ =
d

ii =1

N
m

∑
N

m

    (1) 

where Nm is the number of matrix elements. The 

value of µ represents how matrix elements are 

distributed around particle elements. In a uniform 

dispersion, the distance between matrix elements to 

their nearest neighboring particle elements is 

minimized where µ finds its lowest value. As 

dispersion degrades towards an agglomerated one, 

particle elements fall at farther distances with 

respect to the matrix elements, in which case µ 

increases towards its maximum value. Two extreme 

cases of dispersion are shown in Fig. 2 to visualize 

the distribution of nearest neighbor distances. In 

each case, 25 identical spherical particles with an 

areal fraction of 5 % in a 400 × 400 elements matrix 

domain are considered. The color assigned to each 

element indicates how far (in units of elements) that 

element is located with respect to its nearest particle 

element.  

To quantify the state of dispersion, a dispersion 

index is defined by comparing the value of µ for a 

given image with the corresponding values of µ for 

two extreme cases of dispersion, i.e., uniform and 

agglomerated. To calculate µ for these cases, 

associated dispersion images are first produced 

using the same areal fraction of particles, and then, 

the value of µ is calculated using Equation 1. 

Dispersion index, DI, is then defined as 

ln( ) ln( )
100

ln( ) ln( )

a

u a

DI
µ µ

µ µ

−
= ×

−
  (2) 

where µa and µu are the mean nearest neighboring 

distance for agglomerated and uniform dispersions, 

respectively. According to Equation 2, a uniform 

dispersion has a DI of 100 % whereas a zero value is 

expected for an agglomerated dispersion.  

The applicability of the developed algorithm to real 

dispersion micrographs is shown in Fig. 3. Four 

different cases of dispersion for the CNT-modified 

epoxy resin are shown in this figure, and the 

corresponding values of DI are also indicated. 

This algorithm is used to quantify the dispersion 

micrographs of various formulations obtained from 

hot stage microscopy technique, which will be 

explained in details in the following section. 
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4  Results and discussion    

Table 1 presents the details of different experiments 

performed. Case 1, which is considered as the 

baseline, contains 0.1 wt% CNT heated from 70 °C 

to 120 °C with a heating rate of 2 °C/min. For Case 

2, the temperature was raised to 180 °C. The effect 

of heating rate was investigated in Case 3 by 

applying a heating rate of 10 °C/min while keeping 

the other parameters identical to Case 1. Finally, the 

effect of CNT concentration was examined in Case 4 

by using the formulation with 0.3 wt.% CNT. In all 

cases, formulations with or without hardener are 

examined to study the effect of cross-linking 

reaction on the stability of dispersion.  

4.1. Case 1: Baseline 

Viscosity profile as well as dispersion monitoring 

results for Case 1 is shown in Fig. 4. Left and right 

vertical axes present variation in dispersion index 

and complex viscosity, respectively, versus time. 

Viscosity of both samples, i.e., with or without 

hardener, drops as the samples are heated from 70 

°C to 120 °C. At 120 °C, the viscosity of the sample 

with no hardener remains constant as there is no 

driver to change the viscosity. However, the 

viscosity of the sample with hardener starts to 

increase gradually because of the chemical reaction 

that has begun inside the sample. The sample mixed 

with the hardener has a lower initial viscosity value 

than the sample with no hardener; this might have 

happened because the hardener lowers the viscosity 

of mixture by reducing the weight fraction of the 

epoxy resin.  

The dispersion index also decreases as the 

temperature is increased until the temperature 

reaches 120 °C; at this point, no change in the 

dispersion of either samples is observed. A 

degradation of about 9 % in the state of dispersion is 

observed for both samples. It is evident from these 

results that the quality of dispersion follows a 

similar trend as viscosity, i.e., as viscosity decreases, 

quality of dispersion also degrades. This happens 

because resin can flow easier at lower viscosities 

providing more mobility to individual and 

aggregated nanotubes. As a result of increased 

mobility, nanotubes can come close to each other 

and reagglomerate. Besides, the resin cure seems to 

have no effect on reagglomeration behaviour since 

the change in viscosity, and consequently the flow of 

the resin, predominates the low degree of cross-

linking reaction at temperatures below 120 °C. 

4.2. Case 2: Higher temperature     

Fig. 5 presents the results of dispersion analysis and 

rheological measurement for Case 2. For the sample 

with no hardener, the viscosity drops to its minimum 

value at the temperature of 180 °C after which it 

remains constant. The dispersion index also follows 

a similar trend by which the state of dispersion 

degrades by about 25 % until the temperature 

reaches 180 °C and then, remains unchanged. These 

results highlight the dependency of CNT dispersion 

degradation on changes of viscosity. As the 

temperature keeps increasing to higher temperatures, 

the viscosity decreases to lower values increasing 

flow and risk of reagglomeration. However, once the 

change in viscosity is halted, no significant change 

in dispersion is detectable. It is worth mentioning 

that at reduced viscosities, reagglomeration of 

individual nanotubes is quite possible because of 

Brownian motion, which cannot be recognized with 

the current setup. All dispersion measurements that 

are carried out are valid for aggregated nanotubes 

may not necessarily reagglomerate by Brownian 

motion in this viscous medium. Therefore, 

agglomeration is noticeable only when resin flows as 

a result of viscosity change.  

The degradation of dispersion stops at an earlier 

stage when the resin is mixed with hardener. As the 

temperature approaches 130 °C, the degree of cross-

linking starts to rise where a 3-D network is 

established within the polymer. Therefore, viscosity 

reaches a plateau even though the temperature is 

being increased. Formation of cross-linked structure 

restricts the mobility of resin as well as CNTs 

resulting in lower degree of reagglomeration 

compared with the sample with no hardener. It 

should be mentioned that dispersion index reaches a 

final value of about 75 % for this sample, which is 

lower than the similar sample in case 1. 

4.3. Case 3: Higher heating rate 

Fig. 6 shows the results of dispersion monitoring and 

viscosity measurements for Case 3. Since the 

temperature gradient was high, viscosity rapidly 

reaches its minimum value at 120 °C. This abrupt 

change in viscosity resulted in sudden and increased 

flow of resin compared to the case with lower 

heating rate. Consequently, degradation of the 
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dispersion was amplified where a reduction of about 

20 % was observed in the state of dispersion of 

either samples, i.e., with or without hardener.  

Addition of hardener into epoxy did not seem to 

results in a significant difference compared to the 

sample without hardener because the ultimate 

temperature is below the point at which chemical 

reaction becomes determining.  

4.4. Case 4: Higher CNTs concentration 

Fig. 7 illustrates the results of dispersion evaluation 

and viscosity measurements for Case 4. According 

to these results, the incorporation of higher loading 

of CNT into epoxy resin results in an increase in the 

viscosity profile. Let us consider the samples with 

0.1 wt.% CNT (Case 1) and 0.3 wt.% CNT (Case 4) 

with no hardener embedded. Both samples have 

identical viscosities at 70 °C since the rheological 

behavior is mainly governed by the viscous resin. As 

the temperature rises, presence of CNTs plays a 

more important role in controlling the viscosity. For 

instance, samples containing 0.1 wt.% CNT and 0.3 

wt.% CNT have a viscosity of 0.75 Pa.s 2.20 Pa.s at 

120 °C, respectively. This occurs because as the 

CNTs content is increased, higher shear forces are 

produced within the matrix, which enhances the 

resistance against the flow of resin. Therefore, 

higher viscosity is obtained for higher concentration 

of CNT. Moreover, viscosity gradient is lower for 

higher concentrations resulting in less flow rate in 

resin as it is heated up to desired temperature. As a 

result of increased viscosity along with reduced flow 

rate, slight changes in the state of dispersion is 

observed for sample with 0.3 wt.% CNTs Similar 

behaviour was observed for the sample mixed with 

hardener as the degree of cross-linking was low in 

this temperature range.  

5 Conclusions 

The stability of CNT dispersion in CNT-modified 

epoxy resin was investigated by means of in-situ 

dispersion monitoring and rheological 

measurements. The effect of heating rate, heating 

temperature, concentration CNT and curing of resin 

was investigated. Four different scenarios were used 

to elucidate the influence of each parameter on the 

stability of dispersion. Results of different 

experiments suggest that stability of dispersion is 

highly affected by any factors that boost the flow of 

resin, and consequently, mobility of nanotubes. 

Higher heating temperature results in reduced 

viscosity and increased resin flow for the sample 

with no hardener; however, when hardener is added 

to resin, the material cures faster at higher 

temperature, which restricts the mobility of 

nanotubes. At high heating rates, viscosity changes 

faster making the resin to flow at a higher rate and 

giving nanotubes a greater chance to reagglomerate. 

Increasing the concentration of CNT counter 

intuitively resulted in a more stable dispersion 

during a heating condition. Increased viscosity and 

reduced flow rate is believed to be the main driver 

for this observation.  

All dispersion measurements were performed in the 

absence of any external shear stress. Obviously, 

applying any external shear stress will amplify the 

degree of dispersion degradation. In addition, state 

of dispersion was estimated for aggregated 

nanotubes rather than individual nanotubes; 

therefore, the experimental results presented in this 

study do not necessarily include the nanoscale 

reagglomeration of individual nanotubes in overall 

system. 

Acknowledgement 

The authors are thankful to Dr. Musa Kamal for 

giving access to use his hot stage microscopy setup. 

Material support from Axson (formerly Nanoledge 

Inc.) is also appreciated. The authors would like to 

acknowledge the financial support from Consortium 

for Research and Innovation in Aerospace in Quebec 

(CRIAQ) and the Natural Sciences and Engineering 

Research Council of Canada.   

References 

[1] L. Schadler, S. Giannaris and P. Ajayan "Load transfer 

in carbon nanotube epoxy composites". Applied Physics 

Letters, Vol. 73, No. 26, pp 3842-3844, 1998. 

[2] J. Coleman, U. Khan, W. Blau and Y. Gunko "Small 

but strong: A review of the mechanical properties of 

carbon nanotube–polymer composites". Carbon, Vol. 44, 

No. 9, pp 1624-1652, 2006. 

[3] P.-C. Ma, N.A. Siddiqui, G. Marom and J.-K. Kim 

"Dispersion and functionalization of carbon nanotubes for 

polymer-based nanocomposites: A review". Composites 

Part A: Applied Science and Manufacturing, Vol. 41, No. 

10, pp 1345-1367, 2010. 

[4] Z. Spitalsky, D. Tasis, K. Papagelis and C. Galiotis 

"Carbon nanotube–polymer composites: Chemistry, 

processing, mechanical and electrical properties". 

ICCM19 3772



Progress in Polymer Science, Vol. 35, No. 3, pp 357-401, 

2010. 

[5] M. Rahmat and P. Hubert "Carbon nanotube-polymer 

interactions in nanocomposites: A review". Composites 

Science and Technology, Vol. 72, No. 1, pp 72-84, 2011. 

[6] R. Rastogi, R. Kaushal, S.K. Tripathi, A.L. Sharma, I. 

Kaur and L.M. Bharadwaj "Comparative study of carbon 

nanotube dispersion using surfactants". Journal of Colloid 

and Interface Science, Vol. 328, No. 2, pp 421-428, 2008. 

[7] A. Godara, L. Mezzo, F. Luizi, A. Warrier, S.V. 

Lomov, A.W. van Vuure, et al. "Influence of carbon 

nanotube reinforcement on the processing and the 

mechanical behaviour of carbon fiber/epoxy composites". 

Carbon, Vol. 47, No. 12, pp 2914-2923, 2009. 

[8] C.A. Martin, J.K.W. Sandler, M.S.P. Shaffer, M.K. 

Schwarz, W. Bauhofer, K. Schulte, et al. "Formation of 

percolating networks in multi-wall carbon-nanotube–

epoxy composites". Composites Science and Technology, 

Vol. 64, No. 15, pp 2309-2316, 2004. 

[9] A.K. Chakraborty, T. Plyhm, M. Barbezat, A. Necola 

and G.P. Terrasi "Carbon nanotube (CNT)–epoxy 

nanocomposites: a systematic investigation of CNT 

dispersion". Journal of Nanoparticle Research, Vol. 13, 

No. 12, pp 6493-6506, 2011. 

[10] R. Schueler, J. Petermann, K. Schulte and H. 

Wentzel "Agglomeration and electrical percolation 

behavior of carbon black dispersed in epoxy resin". 

Journal of Applied Polymer Science, Vol. 63, No. 13, pp 

1741-1746, 1997. 

[11] S. Pegel, P. Potschke, T. Villmow, D. Stoyan and G. 

Heinrich "Spatial statistics of carbon nanotube polymer 

composites". Polymer, Vol. 50, No. 9, pp 2123-2132, 

2009. 

[12] J.Z. Kovacs, R.E. Mandjarov, T. Blisnjuk, K. Prehn, 

M. Sussiek, J. Müller, et al. "On the influence of nanotube 

properties, processing conditions and shear forces on the 

electrical conductivity of carbon nanotube epoxy 

composites". Nanotechnology, Vol. 20, No. 15, pp 

155703, 2009. 

[13] J.O. Aguilar "Influence of carbon nanotube 

clustering on the electrical conductivity of polymer 

composite films". eXPRESS Polymer Letters, Vol. 4, No. 

5, pp 292-299, 2010. 

[14] S.C. Schulz, G. Faiella, S.T. Buschhorn, L.A.S.A. 

Prado, M. Giordano, K. Schulte, et al. "Combined 

electrical and rheological properties of shear induced 

multiwall carbon nanotube agglomerates in epoxy 

suspensions". European Polymer Journal, Vol. 47, No. 

11, pp 2069-2077, 2011. 

[15] V. Mirjalili, M. Yourdkhani and P. Hubert 

"Dispersion stability in carbon nanotube modified 

polymers and its effect on the fracture toughness". 

Nanotechnology, Vol. 23, No. 31, pp 315701, 2012. 

[16] P.C. Ma, S.Y. Mo, B.Z. Tang and J.K. Kim 

"Dispersion, interfacial interaction and re-agglomeration 

of functionalized carbon nanotubes in epoxy composites". 

Carbon, Vol. 48, No. 6, pp 1824-1834, 2010. 

[17] I.D. Rosca and S.V. Hoa "Highly conductive 

multiwall carbon nanotube and epoxy composites 

produced by three-roll milling". Carbon, Vol. 47, No. 8, 

pp 1958-1968, 2009. 

[18] N. Hu, Z. Masuda, G. Yamamoto, H. Fukunaga, T. 

Hashida and J. Qiu "Effect of fabrication process on 

electrical properties of polymer/multi-wall carbon 

nanotube nanocomposites". Composites Part A: Applied 

Science and Manufacturing, Vol. 39, No. 5, pp 893-903, 

2008. 

[19] M. Yourdkhani and P. Hubert "Quantitative 

Dispersion Analysis of Inclusions in Polymer 

Composites". ACS Applied Materials & Interfaces, Vol. 

5, No. 1, pp 35-41, 2013. 

 

 

 

 

Tables 

Table 1: Details of different experiments considered to study 

the stability of dispersion 

Samples 

CNTs 

content 

(wt. %) 

Heating 

rate 

(°C/min) 

Hold 

temperature 

(°C) 

Hardener 

inclusion 

Case 1 0.1 2 120 
no DDS 

with DDS 

Case 2 0.1 2 180 
no DDS 

with DDS 

Case 3 0.1 10 120 
no DDS 

with DDS 

Case 4 0.3 2 120 
no DDS 

with DDS 
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Figures 

  

Fig. 1: A typical dispersion micrograph for: a) CNT-

modified epoxy. Yellow background represents resin 

while dark black spots stand for aggregates of CNT; b) 

after mixing CNT-modified epoxy with hardener. 

Presence of hardener crystals does not allow for proper 

estimation of state of dispersion. To solve this issue, the 

mixture was heated at 110 °C for 1 min to dissolve the 

hardener crystals.  

 

  

  

Fig. 2: Synthetic models showing two extreme cases of 

dispersion: (a) uniform dispersion; (b) agglomerated 

dispersion. Distribution of nearest neighboring distance is 

shown in (c) and (d) for the image in (a) and (b), 

respectively [19].   

 

 

 

 

 

 

   

  

  

Fig. 3: Optical micrographs for different states of 

dispersion. Calculated value of dispersion index is shown 

in each figure. 

 

 

 

Fig. 4: Results of dispersion monitoring and rheological 

measurement for Case 1: Samples with 0.1 wt.% CNT 

were heated from 70 °C to 120 °C with a heating rate of 2 

°C/min. Samples with or without hardener were tested. 
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Fig. 5: Results of dispersion monitoring and rheological 

measurement for Case 2: Samples with 0.1 wt.% CNT 

were heated from 70 °C to 180 °C with a heating rate of 2 

°C/min. Samples with or without hardener were tested. 

 

 

 

Fig. 6: Results of dispersion monitoring and rheological 

measurement for Case 3: Samples with 0.1 wt.% CNT 

were heated from 70 °C to 120 °C with a heating rate of 

10 °C/min. Samples with or without hardener were tested. 

 

 

 

Fig. 7: Results of dispersion monitoring and rheological 

measurement for Case 1: Samples with 0.3 wt.% CNT 

were heated from 70 °C to 120 °C with a heating rate of 2 

°C/min. Samples with or without hardener were tested. 
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Abstract 

Wood of fast-growing hybrid poplars (Populus × 
euramericana), consisting of six 6-year-old clones in 
one plantation in Quebec, was impregnated with 
methyl methacrylate (MMA) and then polymerized 
by heat/catalyst method. The physical and 
mechanical properties of the poplar clones and their 
MMA-hardened wood related to potential end uses 
were investigated. The effects of MMA hardening 
on the density, volume swelling coefficient (S), 
surface properties (hardness and abrasion resistance) 
and mechanical properties (flexural and compressive 
strength) were studied. Scanning electron 
microscopy and fourier transform infrared analysis 
showed that filling the voids in the wood structure 
was the main hardening mechanism. The 
incorporation of the polymer increased the density of 
all of the poplar clones by 120–160% and decreased 
the water migration rate into the wood during the 
soaking. S values of hardened woods were 
significantly lower than those of controls, depending 
on the clone type. Incorporating MMA effectively 
improved the dimensional stability of poplar wood at 
the early soaking stage, but was less effective in the 
long term. The Janka hardness was found to be 2.5–
4 times higher in the treated poplar wood than in the 
untreated poplar wood. The treated wood also 
exhibited superior abrasion resistance. Significant 
differences were observed among clones in bending 
and compression strength parallel to grain. 
Hardening treatment has considerably improved all 
strength properties except for strain at rupture in 
static bending. The improved properties of MMA-
hardened hybrid poplar were comparable to some 
commercial hardwood species. 

1 Introduction 

Wood is a natural and renewable material. It has 
been used for construction, tools, furniture, and 
artistic medium for thousands of years due to its 
high strength-to-weight ratio, unique porous 
structure, and aesthetic characteristics. However, 
faced with dwindling supply of high-quality lumber 
from natural forestry and stricter environmental 
regulations, poplar (Populus spp.) and its hybrids 
have been considered as alternative wood source due 
to their rapid growth and ease of reproduction [1, 2]. 
It represents one of the most widespread broad-
leaved species in North America [3]. It is estimated 
that poplars account for over 50% of all hardwoods 
and approximately 11% of the entire Canadian 
timber resource [4]. According to a recent report [5], 
harvested poplar wood in Quebec was 2,164,000 m3 
in 2009, which was almost 45 % of the total 
hardwood production. Nevertheless, it has long been 
characterized as a low-density (specific gravity: 
0.30-0.39), low-strength wood species [3, 6]. 
Standing poplar trees have high moisture content, 
typically almost 100%, with only minor differences 
between sapwood and heartwood [3]. Poplar wood is 
bright and light in color, with a straight grain and 
uniform texture [7]. Its low extractive content makes 
it liable to discoloration and decay [3]. Currently, 
poplar wood is primarily servicing as fiber for pulp 
and paper industry, and as engineered wood 
products such as oriented strand board, laminated 
veneer lumber and structural composite lumber [3]. 

To improve the physical and mechanical properties 
of poplar wood, modification of its porous structure 
is regarded as an effective way. Wood hardening, 
which is a method of impregnating chemicals into 
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wood pores and subsequently curing the chemicals 
by radiation or catalyst-thermal treatment, has 
received considerable attention. After wood 
hardening, not only the strength, but also the density, 
surface and thermal properties, dimensional stability, 
and durability of the poplar wood are enhanced [8-
19]. Different polymeric monomers and resins have 
been employed, including methyl methacrylate [8, 
10, 11, 14, 15, 17, 19], styrene [15, 16, 19], 
polyurethane resin [13], and maleic anhydride [17, 
18]. Among those chemicals, methyl methacrylate is 
the most commonly used due to its cheap price, 
accessibility and low viscosity [20, 21].  

So far, very few studies on physical and mechanical 
properties of MMA hardened poplar wood have 
been carried out and the properties were not studied 
systematically [14, 18, 19]. Information on these 
properties is lacking for not only hardened wood but 
for wood in general. This property determines the 
suitability of the wood for various high value 
applications, such as flooring, furniture table tops, 
and other uses, where the wood is subject to various 
environmental conditions, load, and traffic and 
mechanical friction and abrasion. Thus, the 
objectives of this study were (1) to understand the 
interaction between the hybrid poplar wood structure 
and the MMA monomer, (2) to evaluate the effect of 
MMA hardening on the density, dimensional 
stability, surface properties, and mechanical 
properties of hybrid poplar wood, (3) to study the 
interclonal variations in the density, dimensional 
stability, surface properties, and mechanical 
properties of hardened and nonhardened wood, and 
(4) to investigate the potential of impregnated hybrid 
polar wood for high-value products. 

2 Materials and methods 

2.1 Materials  

Twenty-four hybrid poplar trees were chosen 
randomly from a six-year-old experimental 
plantation near Montreal, Quebec, Canada (Table 1). 
From each tree, a log was taken at between 0.5 m 
and breast height, and samples were extracted to 
measure the physical and mechanical properties. 
From each log, four standard specimens were 
prepared for each investigated property, according to 
standard test methods, to evaluate wood density, 
dimensional stability, hardness, abrasion resistance, 
three-point static bending, and compressive strength 

(both parallel and perpendicular to grain). The four 
specimens from each tree for each test were divided 
into two equally sized groups: a control group and a 
treated group. The controls were kept in an air-
conditioned room at 21 °C and 40 % relative 
humidity for 60 days to reach a moisture content of 
9% before testing. The treated group was designated 
for the hardening treatment. 

Table 1 General information on hybrid poplar clones 

Clone Clone 
code 

Species cross No. of 
trees 

1 915313 P.maximowiczii × 
deltoides 

4 

2 915508 P.maximowiczii × 
deltoides 

4 

3 3729 P.nigra × maximowiczii 4 

4 915303 P.maximowiczii × 
deltoides 

4 

5 915311 P.maximowiczii × 
deltoides 

4 

6 3531 P.deltoides × nigra 4 

An impregnating solution was formulated from a 
hydroquinone-inhibited monomer (methyl 
methacrylate MMA, H2C=C(CH3)COOCH3), 
provided by Univar Canada Ltd. (Richmond, British 
Columbia, Canada), mixed with 0.5 wt.% of Vazo 
52 (2,2'-azobis-2,4-dimethylvaleronitrile), a low 
temperature polymerization initiator obtained from 
DuPont Canada Inc. (Mississauga, Ontario, Canada). 
The 0.5 wt % of Vazo 52 was based on the weight of 
the polymeric monomer mixture. The monomer 
solution was prepared immediately before the 
impregnation process to prevent self-assembling into 
polymethyl methacrylate (PMMA) polymer. 
2.2 Hardening process 

Wood specimens were preconditioned at 9 % 
moisture content (MC). The samples were then 
placed in an autoclave where a vacuum of 10 kPa 
was applied for 20 minutes before pouring the 
impregnation solution, followed by a pressure up to 
1.38 MPa for 20 minutes. The impregnated samples 
were then polymerized at 70 °C under N2 pressure 
and a pressure of 690 kPa for 4 hours. 

2.3 Characterization 

Polymer retention (PR) in the composites was 
calculated according to equation 1: 
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              PR (%) = (whw-ws)/ws ×100          (1) 

Where whw is the weight of the hardened wood 
sample and ws is the initial weight of the 
corresponding untreated sample. 

Samples with nominal dimensions 100×20×20 mm3 
(longitudinal × radial × tangential, L×R×T) were 
used to determine oven-dried density (ρo). The 
samples were oven-dried for more than 24 hours at 
103 ± 2 °C to achieve a constant weight. The 
dimensions of the samples were then determined in 
the three principal directions to the nearest 0.01 mm 
and weight was recorded to the nearest 0.01 g. ρo 
was calculated according to equation 2:  

                    ρo = Mo/Vo                              (2) 

where Mo and Vo are the mass and volume of the 
oven-dried sample, respectively. 

Density profiles of the hardened and nonhardened 
wood samples were measured with an X-ray 
densitometer on samples 2.5 cm in width. In order to 
observe the microstructure, the samples were 
fractured in a brittle manner after immersing them 
into liquid nitrogen. The fractured surface was 
coated with a thin layer of platinum using a sputter 
coater (SC7620, Quorum Technologies, West 
Sussex, UK), and the microstructure was examined 
using a scanning electron microscope (SEM) (JSM-
6060, JEOL, Tokyo, Japan). 

The infrared spectra of the untreated hybrid poplar 
wood, MMA-hardened poplar wood, and PMMA 
samples were recorded on a Tensor 27 Fourier 
transform infrared (FTIR) system (Bruker Optics, 
Ettlingen, Germany) equipped with a deuterated 
triglycine sulfate detector. For each sample, spectra 
were recorded by the collection of 164 scans in the 
range 4000–400 cm-1 at 4-cm-1 resolution. Pure 
powdered potassium bromide (KBr) was used as a 
reference substance. Samples for FTIR were 
carefully prepared in microcups as follows: 1 mg of 
each wood flour (100 mesh) or PMMA was mixed 
with KBr in the proportion of 1/100 wt % in an agate 
mortar and then transferred to a cup 4 mm in 
diameter, where it was lightly compressed and 
leveled with a spatula. Tilted baselines of the 
original spectra were not altered. 

Samples with dimensions 100×20×20 mm3 (L×R×T) 
were used to determine the volumetric swelling 

properties according to ASTM D 1037-99. Swelling 
after submersion in water for periods of 2, 24, 48, 
168, 336, and 720 hours were measured. After each 
saturation period, dimensions were determined to the 
nearest 0.01 mm in the three principal directions. 
Samples were then oven-dried for more than 24 
hours at 103 ± 2 °C until constant weight was 
reached. The same measurements were then repeated 
on the oven-dried samples. Volumetric swelling 
coefficient (S) was calculated according to the 
equation 3: 

              S (%) = (Vw−Vo)/Vo ×100           (3) 

where Vo is the volume of the oven-dried sample, 
and Vw is the volume after water submersion.  

Hardness tests were performed on a wide surface 
measuring 75×150 mm2 (T×L) according to ASTM 
D 143–94 and with a Zwick/Roell Z020 universal 
testing machine (Ulm, Germany). Five penetrations 
were made into each specimen, with penetration 
points set 30 mm apart to prevent interference 
between the penetrations points. The specimen 
hardness was recorded as the average of the five 
hardness values measured. 

The abrasion resistance was determined with a CS-
17 Taber Abrader (North Tonawanda, New York, 
USA) according to ASTM D 4060 and was 
expressed as wear index, which is the weight loss in 
milligrams per specified number of cycles under a 
specified load (1000 g). The sample dimensions 
were 100×100×10 mm3 (L×R×T), and the weight 
losses after 500, 1000, 1500, 2000, and 2500 cycles 
were recorded. The weight was measured with a 
digital scale to 0.0001 g of precision. Both the 
control and MMA-treated composites were tested 
without further finishing processes. 

Three-point static bending tests were carried out 
using a universal testing machine (Zwick/Roell 
Z020) with a maximum load of 20 kN. The nominal 
poplar wood sample size for the test is 410×20×20 
mm3 (L×R×T), with actual height and width at the 
center measured before the test. Span length was 300 
mm. The remaining procedures were conducted 
according to ASTM D 143-94. Modulus of elasticity 
(MOE, MPa), modulus of rupture (MOR, MPa), 
proportional limit (PL, MPa), and strain at MOR (S, 
%) were recorded for both untreated and hardened 
samples. 
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Compression tests, parallel and perpendicular, were 
performed on an MTS machine with a maximum 
load of 50 kN. Specimens were machined to 
100×20×20 mm3 (L×R×T) and 50×20×50 mm3 
(L×R×T) for parallel and perpendicular to grain 
tests, respectively. Actual cross-section area was 
measured before testing. Both operations were 
conducted in accordance with ASTM D 143-99. 
MOE (MPa), maximum crushing strength (MCS, 
MPa), and proportional limit (PL, MPa) were 
recorded by a computer linked to the machine for the 
parallel and perpendicular tests, respectively, for 
untreated and hardened samples. 

Statistical analyses of the data were performed using 
Statistical Analysis System (SAS) software package 
[22]. Analysis of variance (ANOVA) was performed 
using the Proc Mixed model and Least Squares 
Means (LSMEANS) / P-values for differences 
(PDIFF) option on the combined data (control and 
treated) to determine differences between mean 
values of control and treated samples in hybrid 
crosses. The residual normal distribution for each 
trait was verified by both the Shapiro–Wilk’s W test 
and a normal probability plot using SAS Plot and 
univariate procedures. The homogeneity of variance 
for each trait was verified graphically by scatterplots 
of studentized residuals versus predicted values. 

3 Results and Discussion 

3.1 Density  

The hardening treatment increased the density of 
hybrid poplar wood by 2.2−2.6 times, to 687−805 
kg/m3, depending on the clone. The highest value 
was observed for clone 3531 and the lowest for 
clone 915303. The density of hardened wood was 
similar to or higher than that of many commercial 
hardwood species, e.g. silver maple (667 kg/m3), red 
oak (665 kg/m3), and white ash (719 kg/m3). Fig. 1 
illustrates an example of the density profile of a 
hybrid poplar sample before and after hardening. 
This profile shows that the wood sample was 
impregnated through its thickness. The density of 
the hardened sample was much higher than that of 
the nonhardened wood sample. The final density of 
the treated wood varied with polymer retention (PR), 
which varied among clones. PR decreased with 
increasing initial wood density in the hybrid poplar 
clones (R2=0.83). PR variation was attributed to the 
individual porosity of each wood [9].  

 
Fig.1. Density profile of hybrid poplar wood (a) and 
hardened hybrid poplar wood (b). 

3.2 Microstructure and FTIR analysis  

Scanning electron microscopy (SEM) micrographs 
of the treated hybrid poplar wood (Fig. 2) clearly 
show that polymethyl methacrylate (PMMA) 
polymer filled the vessels, lumen, and other void 
spaces in the wood structure.  

Interaction between wood and MMA was confirmed 
by FTIR spectrum analysis of the untreated hybrid 
poplar wood, hardened wood, and PMMA, as shown 
in Fig. 3. The FTIR spectra for untreated samples 
show intensity bands in the regions 3400 cm-1, 1735 
cm-1, 2905 cm-1, 1510 and 1605 cm-1, and 1158 cm-1 
due to O–H stretching vibration, C═O stretching 
vibration, C–H stretching vibration, C═C stretching 
vibration, and C–O–C stretching vibration, 
respectively [18]. These absorbance bands are due to 
hydroxyl groups in the cellulose, a carbonyl group 
of acetyl ester in the hemicellulose, and carbonyl 
aldehyde and aromatic compounds in the lignin. The 
absorbance bands of PMMA at 3440 cm-1, 2978 and 
2878 cm-1, 1731 cm-1, and 1000–1260 cm-1 can be 
associated with –OH stretching of the lattice water, 
asymmetrical and symmetrical C–H stretching of 
CH3, C=O stretching, and C–O stretching, 
respectively [23]. The FTIR spectra of treated hybrid 
poplar show almost the same functional peaks as the 
untreated wood, but with much lower absorbance. 
This is probably attributable to the lower 
concentration of wood fibers in the reference matrix 
(KBr). However, the presence of an absorbance peak 
at around 1730 cm-1 may result from the formation 
of C=O bonds between the wood fibers and the 
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MMA monomer [24, 25]. However, wood lignin 
also contains C=O bonds. The shift of the –OH peak 
from 3425 cm-1 in solid wood to 3445 cm-1 in 
hardened wood was possibly due to the reaction 
between the –OH of the fiber cell wall and MMA 
[24, 26]. Change in intensity of the C–H stretching 
of CH3 was also reported due to the reaction 
between the –OH of the wood fiber at the surface 
and MMA [24].  

 

 
Fig.2. Scanning electron micrographs of a) 
Untreated and b) PMMA hardened hybrid poplar 
wood. Arrows indicate 1) absence of attachment of 
PMMA to wood tissue, and 2) unfilled cells. 

3.3 Dimensional stability 

The volumetric swelling coefficient varied among 
clones for both control and treated wood, depending 
on soaking time (Fig. 4). Wood hardening treatment 
significantly improved the dimensional stability of 
hybrid poplar wood, especially at the start of 
soaking. The average volumetric swelling 
coefficient of the controls increased dramatically in 

the first 48 hours, with the coefficient remaining 
nearly constant thereafter. In contrast, the treated 
samples took much longer (more than 1 week) to 
reach a relatively steady swelling coefficient, at 
around 6.8 %, nearly 60 % that of the controls. The 
average coefficient (11.8 % after 720 hours) 
obtained for untreated wood was slightly lower than 
the average volumetric shrinkage of 12.8 % in ten P. 
× euramerricana clones reported by Koubaa et al. 
[27]. The swelling coefficients of the hardened 
hybrid poplar samples were comparable to or lower 
than those of silver maple, red oak, and white ash, 
for which volumetric shrinkage was around 12.0 %, 
16.1 %, and 13.3 % (green to oven-dried), 
respectively [28]. Control Clone 915303 showed the 
lowest coefficient after 720 hours at around 10.8 %, 
more than twice that of treated Clone 915311. Cross-
section SEM images of the treated hybrid poplar 
wood (Fig. 2) clearly show microcracks between the 
wood cell walls and PMMA. Water that passes 
through these microcracks into the wood cell 
therefore caused swelling. Thus, impregnation with 
MMA does not significantly change the hygroscopic 
properties of wood as previously reported [21, 29]. 

 
Fig.3. FTIR spectra of a) PMMA; treated hybrid 
poplar wood; and c) untreated hybrid poplar wood. 

Another explanation is that water may pass through 
and fill small pores that the MMA monomer cannot 
enter. The volume changes during the soaking 
period were likely due to the absorbed bound water, 
which contribute to wood swelling. From the 
combined results of the SEM micrographs, the FTIR 
spectra, and the dimensional stability analysis, it can 
be concluded that there should be little or no 

1 2 

a 

b 
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interaction between the MMA monomer and the 
hydroxyl groups of the cellulose fibers. 

 
Fig.4. Average volumetric swelling coefficient (%) 
for control and treated hybrid poplar clones. 

3.4 Surface properties  

3.4.1 Janka Hardness 

PMMA wood impregnation resulted in substantial 
increases in Janka hardness for all tested samples. 
Hardening increased the hardness of virgin wood by 
1.5 to 2.9 times. Two of the investigated clones fell 
into the range of 6.0–6.4 kN, which is comparable to 
or even better than that of many commercial species 
used for flooring, such as silver maple and red oak, 
and even their oil-finished wood [11, 30]. The Janka 
hardness test is most commonly used to determine 
whether a species is suitable for applications such as 
flooring, and it is the industry standard for 
determining the ability to tolerate denting. 
Therefore, MMA hardened poplar wood could 
potentially be used in the wood flooring industry, 
which would substantially increase the commercial 
potential of hybrid poplar. 

Hardness varied among the studied clones. The 
highest value was observed for clone 915311. Clone 
3531 was in second place. Treatment, clone and 
their interaction significantly affected the hardness 
of the studied clones. Relationships between density 
and hardness were also investigated for several 
species: northern white cedar, aspen, red oak, white 
ash, silver maple (Fig. 5). Average hardness showed 
close relationship with density for the investigated 
species (R2 = 0.89). The variation in hardness among 

species could therefore be explained by variations in 
wood density. 

 

Fig.5. Relationship between wood density and 
hardness for different wood species. 

Moreover, high impregnation rate increases not only 
the sample density but also the risk of brittle failure 
and a decrease in the hardness value. Indeed, the 
hardening process increased the risks of splitting the 
sample during the hardness test, although no splits 
were observed in the control group. The splitting is 
expected in hardened samples because PMMA 
hardening renders the samples more brittle [31]. 

3.4.2 Abrasion resistance 

Abrasion resistance is the ability of a material to 
maintain its surface appearance and structure when 
subjected to a mechanical action such as rubbing or 
scratching. Lower wear index values are associated 
to the better the abrasive resistance. Wear index 
increased with abrasion cycles, and hardening had a 
positive effect on wear index (Fig. 6). Wood 
hardening substantially reduced the wear index of 
the samples by nearly 50 % after 500 cycles. 
However, the effect became slightly weaker with 
increasing abrasion cycles. At 2500 cycles, the effect 
nearly decreased. This result could be explained by 
the higher impregnation rate at the wood surface. 
Moving toward the core, the impregnation rate 
slightly decreased (Fig. 1), explaining the decrease 
in abrasion resistance with increasing abrasion 
cycles. 

Wear index varied among clones after 2000 cycles. 
This implies that hybrid poplars should be 
appropriately selected for desired surface properties. 
The hardened wood produced from clones 915311 
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and 3531 showed the lowest wear indexes at 0.50 
and 0.41 after 2000 cycles, respectively. These wear 
indexed are nonetheless high compared to some 
commercial flooring species, such as silver maple 
(0.35) and red oak (0.16) [30], despite the high 
densities of the above two poplar composites. These 
relatively high wear indexes may result from surface 
morphology and roughness, which did not change 
significantly after MMA treatment. The density of 
control samples and the hardness of treated wood 
have played important roles in wear index 
determination. Koubaa [30] also reported that 
abrasion resistance was correlated to both surface 
hardness and material density. Rodriguez et al. [32] 
found that surface property was related to not only 
polymer type, but also the additives that chemically 
bond to the wood substrate. Thus, crosslinking 
surface structure is liable to improve abrasive 
resistance, for example, by adding silica 
nanoparticles. Furthermore, surface coating, which 
is usually applied over the material, offers an 
alternative method to reduce friction and obtain 
better surface properties, allowing more high-value 
applications. 

 

Fig.6. Variation in abrasion wear index for hardened 
unhardened wood of hybrid poplar. 

3.5 Mechanical properties 

3.5.1 Static bending strength 

Modulus of elasticity (MOE), proportional limit 
(PL) and modulus of rupture (MOR) were the most 
consistently improved properties after hardening 
treatment (Table 2). This is attributed to the voids in 
the wood filled by PMMA polymer, which acts as a 

bridge effectively transferring the stress from one 
end of wood cell to the other end. The analysis of 
variance showed that clone, treatment and their 
interaction had significant effects on MOE, PL and 
MOR, except for the interaction on MOE. Treatment 
significantly and negatively affected strain at MOR 
for poplar wood. Strains at proportional limit were 
observed to be increased for the 6 clones, which also 
indicate good interaction between the PMMA and 
wood, resulting in improved material elasticity. 
However, decreases in strain at MOR (S) were found 
for all studied clones (Table 2). Therefore, wood 
hardening with MMA weakened the plastic 
properties of wood and increased the brittleness of 
the composites. After treatment, clones 3729 showed 
the best performance in the bending test, followed 
by clone 915508. Coincidentally, these two clones 
showed the best properties for corresponding control 
samples. In contract, clone 915303 was the worst for 
both control and treated wood. 

3.5.2 Compression strength 

After wood hardening with MMA, all properties 
investigated improved to varying degrees (Table 3). 
MOE for Cװ was one of the least enhanced 
properties, with increases ranging from 2 % to 27 %. 
The highest increasing rate was observed in clone 
915311 at 27 %, followed by clone 915303 at 20 %. 
On the other hand, the highest MOE values in the 
composites were in two clones, 915508 and 3729. In 
contrast, 915508 and 3729 had the highest MOE 
values of the solid woods. High MOE increasing 
rates are not consistent with high MOE values after 
treatment. Highest maximum crushing strength 
(MCS) parallel to the grain was 42.4 MPa for clone 
915508, an increase of 50 % over control, followed 
by clones 3531 and 3729. These three clones also 
showed the best performance in the control group. 
The proportional limit showed a similar trend to 
ultimate compressive strength. Overall, as for 
compression parallel to grain, clones 915508, 3531 
and 3729 showed the best properties for both control 
and hardened wood. Most of the gross wood samples 
for the compression parallel to grain test failed due 
to collapse caused by the bucking of the relatively 
thin wood cell walls because of instability of long-
column type wood samples. The addition of polymer 
places a coating on the cell walls, which thickens 
them and greatly increases their lateral stability. 
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Table 2 Comparison on static bending tests for the 
hybrid poplar clones 

Treatment Clone 
MOE 
(GPa) 

MOR 
(MPa) S (%) 

 
1 4.36 (16)a 41.2 (12) 1.86 (18) 

 
2 4.98 (11) 43.6 (8.3) 1.58 (36) 

Control 3 4.96 (13) 46.5 (8.2) 1.88 (22) 

 
4 3.77 (8.8) 36.5 (7.4) 1.80 (13) 

 
5 3.97 (8.2) 34.9 (7.8) 1.71 (33) 

 
6 3.73 (17) 47.6 (11) 2.47 (16) 

 
1 4.59 (6.5) 44.7 (3.3) 1.56 (20) 

 
2 5.37 (11) 52.1 (6.8) 1.58 (33) 

Treated 3 5.25 (11) 55.2 (2.4) 1.75 (22) 

 
4 4.28 (9.1) 42.5 (10) 1.42 (19) 

 
5 4.68 (3.4) 48.4 (9.9) 1.60 (20) 

 
6 4.06 (16) 49.6 (5.9) 2.00 (22) 

Note: MOE = Modulus of elasticity, MOR = Modulus of 
Rupture, S = Strain at MOR; aCoefficient of variation (%). 

Table 3 Comparison on compression tests for the 
hybrid poplar clones 

Treatment Clone 
MOE 

(GPa)* 
MCS 

(MPa)* 
MOE 

(GPa) ‡ 

 
1 2.91 (2.9)a 24.1 (8.8) 1.30 (9) 

 
2 3.57 (16) 28.0 (12) 1.42 (23) 

Control 3 3.66 (12) 28.1 (8.5) 1.79 (18) 

 
4 2.80 (21) 23.0 (11) 1.36(26) 

 
5 2.71 (11) 25.1 (3.4) 1.39 (32) 

 
6 3.22 (15) 26.9 (1.8) 1.78 (16) 

 
1 3.26 (22) 30.1 (9.2) 1.78 (23) 

 
2 4.05 (17) 42.4 (8.2) 2.15 (32) 

Treated 3 3.72 (11) 32.2 (6.9) 1.96 (15) 

 
4 3.35 (9.1) 32.6 (7.8) 2.07 (23) 

 
5 3.43 (14) 34.6 (9.3) 1.93 (32) 

 
6 3.27 (3.8) 35.0 (10) 2.13 (11) 

Note: MOE = Modulus of elasticity, MCS = Maximum 
crushing strength, *Compression parallel to grain; 
‡Compression perpendicular to grain; aCoefficient of 
variation (%). 

A wide range of improvements were also observed 
(10–56 % for MOE and 166–290 % for proportional 
limit) in compression perpendicular to grain for all 
studied clones after treatment. These especially high 
increasing rates are attributable to the polymer 

filling the wood. Composites from clones 3531, 
915303, 915508 and 3729 showed similar 
properties, with no significant differences among 
them. For untreated wood, clones 3729 and 3531 
showed the best performance of the 6 clones. In 
sum, clones 915508 and 3531 obtained the best 
properties for hardened wood in compression, both 
parallel and perpendicular to grain. In the solid wood 
samples, clone 3729 exhibited the best performance. 

4 Conclusions 

Hardening of hybrid poplar wood through MMA 
impregnation greatly improved its density, 
dimensional stability, surface properties and 
mechanical properties. These improvements were 
clone-dependent in both untreated wood and MMA-
hardened wood. However, the hardening treatment 
had a negative effect on the wood plastic properties. 
The hardening mechanism is due to PMMA filling 
of void spaces in wood structure as demonstrated 
from SEM images and FTIR analysis. Improved 
dimensional stability, surface properties, and 
mechanical properties, make hardened hybrid poplar 
wood a good alternative to other commercial high-
grade species, especially in flooring applications.   
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Abstract 

The aim of this paper is to analyze the influence of 

the machining process on the mechanical behaviour 

of composite plates under cyclic loading. For this 

purpose, an experimental study using several carbon 

fibre-reinforced polymer composite plates drilled 

with conventional machining (CM) using a cutting 

tool and non-conventional machining that utilized 

abrasive water jet machining (AWJM) was carried 

out. During fatigue tests, damage evolution and 

thermal dissipation were measured, using an MTS 

322 mechanical tester and an infrared camera. 

Fatigue testing results showed that damage 

accumulation in specimens drilled with the CM 

process was higher than the AWJM specimens. 
Moreover, the endurance limit for composite plates 

drilled with the non-conventional process was 

approximately 10% higher as compared to 

specimens drilled with the conventional machining 

technique. This difference could be related to the 

initial surface integrity after machining, induced by 

the difference in the mechanism of the material 

removal between the two processes. This was 

confirmed by scanning electron microscope (SEM) 

tests conducted after a destructive sectioning of the 

specimens before fatigue testing. 

 

1 Introduction 

Currently, composite materials are used within 

primary load carrying aircraft structures. Recent 

examples are the Boeing 787 and Airbus A350XWB 

in which the composite content has increased to 50–

60% by weight. However, the joining of a composite 

element on a structure often requires the 

manufacturing of holes in order to place bolts or 

rivets. To obtain these holes, different machnining 

processes can be used including conventional 

machining and abrasive water jet machining. 

However, these machining processes can introduce 

various damages onto the structure such as 

delamination at the entry and exit of the hole, fibres 

pull-out, micro cracks and resin degradation [1, 2]. 

Such resulting damages can cause significant 

reduction in both the tensile and compressive 

strength of the composite structure. In the literature, 

only few studies are interested in identifying the 

influence of damages induced by the process of 

machining on mechanical behaviour [3-5]. 

Krishnaraj et al. [6] observed the effect of drilling 

parameters on the strength of a drilled hole in a 

composite material made of glass fibre reinforced 

plastic (GFRP). They noted that specimens drilled at 

higher feed rates failed at a lesser load than 

specimens drilled at lower feed rates [6]. This can be 

explained by the fact that high feed rate provoke a 

delamination at the hole, which in turn affects the 

failure load. In the work conducted by Zitoune et. al. 

[7], it was shown that failure loads of specimens 

with conventional drilled holes are inferior to those 

with moulded holes. In addition, specimens with 

drilled holes represent brutal fractures and 

specimens with moulded holes have progressive 

fractures. Similarly, experimental tests conducted by 

Persson et.al. [3] showed that failure stresses of 

specimens with drilled holes using an axial drilling 

process with a dagger drill (PCD) during a fatigue 

test were 29% less compared to specimens with 

drilled holes using an orbital machining process such 

as the KTH process. This difference in the failure 

stress can be related to the difference of the quality 

of the machined surface (i.e. wall of the holes). 

More precisely, with a dagger drill the fibres pull-

out and thermal degradation located on the wall of 

the holes is more important compared to those 
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located on the wall of the holes when the machining 

is carried out using the orbital process. To avoid 

such problems, it is proposed to obtain holes through 

non-conventional machining like water jet 

techniques with the addition of abrasive materials. It 

is well known that a machined surface produced by 

AWJM is free from abnormalities like delamination 

and thermal or non-thermal stresses along the cutting 

path [8]. It is important to point out that the grit size 

and standoff distance are the most significant 

parameters affecting the surface finish in water jet 

techniques [9, 10]. With the abrasive water jet 

technique, the machined surface produced is almost 

without any heat affected zones or residual stress 

[11]. Therefore, the main objective of this study is to 

investigate the influence of the surface topology 

created by non-conventional machining (AWJM) 

and conventional machining using a twist drill, on 

the mechanical behaviour of the composite plates 

with a circular hole. To achieve this objective, 

damage evolution and endurance limit during fatigue 

testing were carried out.  

 

2 Materials and methods 

Unidirectional (UD) prepregs of 0.26 mm made of 

carbon/epoxy are used to manufacture carbon fibre 

reinforced polymer (CFRP) specimens. The raw 

material of laminated structures are provided by 

Hexcel composites and are referenced as UD 

HexPly T700-M21GC with 58% fibre content and 

1.6% void content. The stacking sequence of the 

composite panels is [±45°]4s. Two sets of specimens 

were used in the current experiments: the first set of 

specimens was composed of five composite plates 

with AWJM holes having diameters of 6 mm, while 

the second set was composed of four plates with 

holes machined with a conventional drill bit. The 

dimensions of the specimens were 270 mm long, 45 

mm wide and 2.1 mm thick. All holes were situated 

at the center of the plates. The machining of the 

holes were carried out on a numerically controlled 

machine. For the CM technique, carbide drills with 

two lips were used to machine the holes. The 

spindle speed and feed rate were respectively 2020 

rpm and 0.1 mm/rev. Two abrasive sizes of 120 and 

220 microns along with a waterjet pressure of 145 

MPa were used for AWJM. The standoff distance of 

4 mm and a waterjet incidence angle of 90° were 

kept constant during the drilling process. Note that 

all of the drilled specimens were roughly identical 

from a mechanical properties viewpoint.  

We intended to measure the fatigue at different 

maximum stress levels ranging from 17% to 65% of 

ultimate tensile strength (UTS). Therefore, tensile 

tests were performed on four samples following the 

ASTM D 3039 standard to determine the UTS. The 

tests were realized with an Instron 

electromechanical testing machine model 4206, 

equipped with a 150 kN load cell. The average 

value of the ultimate tensile strength was 205 MPa 

(17.35 kN) and the average total elongation was 9%. 

The tensile data did not show a difference in the 

ultimate failure strength between the four 

specimens.  

In order to investigate the quality of the machined 

surface and its texture, a NANOVEA 400 series 

profilometer and SEM observation were used.  For  

the surface roughness tests, a cut-off and transverse 

length of 1 and 2 mm respectively along the x and y-

axis were used. The average surface roughness (Ra), 

maximum profile valley depth (Rv) and skewness 

(Rsk) were measured according to ISO 4287/1 

standards using NANOVEA 3D software. A FLIR 

SC5000 infrared (IR) camera with a resolution of 

320 x 240 and a temperature sensitivity less than 20 

mK was used to monitor the specimen surface 

temperature (Fig. 1).  

The fatigue tests were conducted at room 

temperature using an MTS 322 tester equipped with 

hydraulically operated wedge grips. An 

extensometer was used to monitor the local strain 

that allowed for the calculation of the stiffness 

degradation of the specimen during the cyclic 

loading. These axial tension-tension fatigue tests 

were conducted in a load control set up using a 

constant amplitude sinusoidal waveform, a loading 

frequency of 10 Hz and a stress ratio of 0.1 at 

various maximum applied stress levels. From the IR 

temperature plots it was possible to evaluate the 

damage evolution and the endurance limit of the 

specimens [12].  

 
3 Results and discussion 

3.1 Damage analysis  

The change in stiffness during cyclic loading is 

commonly used to quantify the damage in the 

specimen. The damage accumulation (D) is related 
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to the change in the ratio of dynamic stiffness (Ei) to 

static stiffness (Eo) by the equation:  

D =1-Ei/Eo                    (1) 

The damage profiles versus the normalized cycles 

(N/Nf, where Nf =5000 cycles) are shown in Figure 

2. When conventional machining was used, the 

damage was less than 5% for loads below 8 kN 

(47% of UTS). When the load reached 9 kN (53% of 

UTS) the cumulative damage was around 10%. At 

10 kN (59% of UTS) the specimens ruptured. For 

the specimens drilled with the abrasive water jet, the 

cumulative damage was about 10% for 9 kN load. 

The damage reached 30% at 10 kN and the 

specimens ruptured at 11 kN (65% of UTS). 

This difference in the damage accumulation between 

conventional and non-conventional drilled 

specimens is mainly attributed to the machining 

process. This is supported by the surface topography 

(roughness) tests as shown in Figure 3. It can be 

seen that specimens machined by abrasive water jet 

were characterized by streak defects (Fig. 3a) in the 

same direction of the displacement of the jet and 

craters defect due to the impact of the abrasives on 

the fibres. Globally these damages were uniformly 

distributed on the wall of the hole. However, for 

specimens drilled with a conventional drill bit, 

surface roughness photographs (Fig. 3b) showed the 

presence of fibre pull-out areas and matrix 

degradation non-uniformly distributed. These pull-

out areas are related to material removal 

mechanisms which are strongly influenced by the 

relative angle between the direction of the cutting 

speed and the direction of the fibres. In this case, the 

maximum damage due to fibres pull-out was 

observed when plies were oriented at -45° compared 

to the direction of the cutting speed. However, the 

minimum damage was located in the zone where the 

fibres formed an angle of +45° compared to the 

direction of the cutting speed. These observations 

are in good agreement with previous work 

conducted by Zitoune et al. [13] on the orthogonal 

cutting of UD composite specimens. 

Although the average surface roughness was similar 

for both types of specimens (Sa = 13.5 μm for 

AWJM and Sa = 12.5 μm for CM), the fatigue 

behaviour for these specimens was different. One 

can conclude that unlike metallic materials, the 

criterion used for quantifying the quality of 

machining based on the average roughness (e.g., Ra, 

Sa, etc.) is not suitable for composite materials. 

Similar observations of the defects on hole’s wall 

are confirmed by SEM micrographs as shown in 

Figure 4.  

At this stage of the current investigation, we tried to 

obtain a correlation between the thermographic 

analysis and the damage accumulation. 

 

3.2 Damage and thermography   

The deformation of a structure is usually followed 

by heat dissipation. When the material is deformed 

or is damaged, a part of the energy necessary to the 

starting and the propagation of the damage is 

irreversibly transformed into heat [12, 14-15]. 

Figure 5 presents the distribution of the surface 

temperature at 3, 8 and 11 kN for AWJM specimen.  

For loads less than 7 kN, the temperature remained 

constant throughout the surface around the hole (Fig. 

5a). For a load of 8 kN, temperature fluctuations 

increased but remained moderate (Fig. 5b). 

However, for a load of 11 kN, there was a 

significant increase in temperatures and the 

fluctuations in the area reached 100% (Fig.5c). This 

area was situated at ±45° from the axis of the load, 

which also represented the axis of the direction of 

the plies.  A similar pattern was observed in the case 

of the specimens with conventional machining. 

However, temperature fluctuations in the CM 

specimens were significant for loads less than those 

machined with abrasive water jet. 

Figure 6 depicts the evolution of the maximum 

temperature and damage before the final failure of 

the specimen. Two stages for the temperature 

evolution were distinguished. In the first stage, the 

variation of the temperature was due to the 

thermoelasticity of the material and the friction 

between layers (i.e., fibres/fibres and/or 

fibres/matrix), whereas in the second stage, the 

temperature reached a balance that was due to 

saturation in the damage. With the increase in the 

loading, the rate of the damage and the frictions 

become more important. This stability was followed 

by an abrupt increase of the damage and temperature 

of the specimen corresponding to the rupture [12, 

14].  

At this stage, the following question may rise:  

Does the machining-related defects observed in 

Figures 3 and 4 influence the limit of endurance? To 

answer this question, further analysis is indeed 

needed.  

 

3.3 Endurance Limit Analysis  
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In general, the endurance limit is obtained by 

Whöler curves (stress vs. cycles). This endurance 

limit can also be obtained from the temperature 

stabilization curves [15] by intersecting the two 

straight lines that interpolates the stabilization 

temperature (∆T= (Tf - T0) and the corresponding 

stress level. The profile of ∆T at 5000 cycles for 

different loads for CM and AWJM specimens is 

shown in Figure 7.  As can be seen, the endurance 

limit of the specimen drilled using CM (Fig. 7a) was 

lower than that of AWJM (Fig. 7b). The values of 

the endurance limit for five conventional drilled 

specimens and five abrasive water jet specimens 

were 83.3 ± 4 MPa and 93.5± 0.76 MPa 

respectively. Based on the above analysis, we can 

advance that the type of defects generated by 

machining processes as shown in Figures 3 and 4 

may be the cause of this variation in the endurance 

limit values of the composite specimens.  

 

4 Damaged Surface Morphology  

4.1 CM Specimen 

CF/Epoxy fractured specimens were examined using 

a scanning electron microscope (SEM) for the 

fractographic characterization of the machined 

surface after specimen failure during fatigue step 

loading. CM specimens loaded in axial tension 

failed in various modes as shown in Figure 8.  

Figure 8-a illustrates the damage mechanism such as 

longitudinal and interface debonding/interlaminar 

shear, crack propagation due to the initial fibre pull-

out and matrix degradation areas generated during 

the CM process as shown in the surface roughness 

and SEM images (Fig. 3 and Fig. 4) obtained before 

fatigue loading. These cracks were propogated due 

to the shear between the planes owing to the axial 

mechanical load in composite with stacking 

sequence of [±45º].  

The mechanically fatigued specimen also exhibited 

transverse fracture (Fig. 8-a) in matrix degradation 

areas resulting from the drilling hole in fibre’s 

transverse direction. Figure 8-b showed loose fibres 

and delamination due to fibre pull-out and matrix 

degradation. These loose fibres subsequently 

reduced the strength of CM specimens. It is worth 

mentioning that the matrix degradation and fibre 

pull-out in CM specimens affected the fibre-matrix 

load transfer, consequently, that led to significant 

material degradation under tensile loading 

conditions. The different fracture modes generated 

under fatigue cyclic load in the CM specimens led to 

reduction in various mechanical properties such as 

decrease in elastic modulus, increase in damage 

accumulation (Fig. 2) and decrease in the endurance 

limit (Fig. 7).  

Hence, major observable damage, fibre pull-out and 

matrix degradation generated during CM acts as a 

stress concentrator for crack initiation and 

propagation at the edge of the hole and then 

gradually propagated width-wise toward the edge of 

the specimen, along the fibre direction i.e. 45º 

(Figure 5), subsequently leading to catastrophic 

failure of CM specimens. The final failure was not 

perpendicular to the tensile load, but is oriented 

parallel to the fibre direction (Fig. 5c).  

 

4.2 AWJM Specimen 

Post mortem surface observation of AWJM 

specimens after fatigue loading was conducted using 

a scanning electron microscope. Surface roughness 

and SEM images presented in Figure 3 and Figure 4 

showed results before fatigue loading, whereas SEM 

images presented in Figure 9 showed streak marks in 

the direction of the water jet after fatigue loading. 

There was no visible fracture mode observed in 

these images (Fig. 9). However, internal failure in 

composite specimens is normally initiated before 

any macroscopic changes are observed. The final 

failure of the AWJM specimen occurred according 

to that two stages, explained in section 3.2.  

 

5 Conclusion 

This paper presents experimental results of 

mechanical behaviour during fatigue tests on 

composite specimens drilled with two different 

machining processes: conventional and abrasive 

water jet machining. The composite specimens used 

were made from CF/Epoxy UD prepregs. Based on 

this experimental analysis, the following conclusions 

were drawn: 

 Both specimens have shown similar damage for 

loads less than 46% of UTS. For loads above 

this value, the damage is more significant for the 

specimens drilled using conventional machining. 

 The maximum temperature profiles in the area 

surrounding the hole (i.e. examined area) follow 

the same evolution as the damage profiles for 

both machining processes. However, the 

presence of defects induced by the cutting tool 
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in conventional machining (fibres pull-out and 

the resin degradation) provokes more heat 

dissipation than ridges and crater defects 

observed on the walls of the holes machined by 

abrasive water jet (Fig.4). 

 

 

 The endurance limit for specimens drilled with 

abrasive water jet is 10% more than the one 

drilled with conventional machining.  

  

 

 

 

Fig. 1. Experimental setup for tension-tension fatigue testing with IR camera. 

 

 

              

Fig. 2. Comparison of the evolution of the damage for various level of loading with (a) conventional machining and (b) 

abrasive water jet machining. 

 

(b) (a) 

Extensometer 

Infrared camera 
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(a)                                                                    (b)         

 

Fig. 3. Cartography of the surface roughness of the wall of the hole for different specimens, hole obtained with (a) abrasive 

water jet and (b) conventional machining using a cutting tool. 

 

 

 

 

 

  

 

 

        

                              

 

 

 

 

 

 

 
   

 

      (a)                                                                                                (b) 

 
Fig. 4. SEM photographs comparing the hole surfaces machined with two different techniques. Circular hole machined with 

(a) abrasive water jet and (b) conventional cutting tool. 
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Fig. 5. Temperature maps of AWJM specimen for various loads (a) 3 kN, (b) 8 kN and (c) 11 kN. 

 

 
 

Fig. 6. Comparison between the change of the maximum temperature and the damage for different level of loading : 5 kN, 7 

kN and 9 kN. 
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Fig. 7. Graphical representation of the endurance limit for (a) CM and (b) AWJM specimens. The endurance limit is 

obtained by intersecting the two straight lines that interpolates the experimental data of the stress and temperature. 
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Fig. 8. SEM micrograph showing cross section of circular hole of CF/Epoxy composite, circular hole obtained with CM 

technique 

 

 

 

 

         

Fig. 9 SEM micrograph showing cross section of circular hole of CF/Epoxy composite, circular hole obtained with AWJM 

technique 
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1 Introduction  

Micromechanical analysis of composites with Finite 

Elements Method (FEM) has been very popular 

recently. The overall behaviour of a composite can 

be predicted by modelling in its constituents’ level. 

It is assumed that the fibres lie inside the matrix in 

square or hexagonally packed arrays. These are 

called representative volume elements (RVE). This 

method has been applied to unidirectional (UD) 

composites for detailed micromechanical analysis in 

a wide range of studies [1-12]. However there is few 

studies dealing with cross-ply (XP) laminates. Xia 

et. al [13] developed a 3D multi-cell meso/micro-

mechanical  FE model for the overall mechanical 

behaviour of [0,903,0]T glass fibre/epoxy laminate 

with 52.5% fibre volume fraction (Vf). Progressive 

failure analysis was performed by implementing 

Maximum Strain Failure criterion to the viscous 

epoxy matrix under tensile loading. It was found that 

model prediction is in good agreement with 

experimental observation in terms of global stress-

strain response and damage initiation and its 

propagation.  Chen et. al. [14] investigated the effect 

of viscoelasticity of matrix on the evolution of 

process-induced residual stresses of the same 

composite for UD and XP laminates by using 3D 

square packed RVEs. It was found that, viscous 

behaviour of matrix plays an important role in the 

evaluation of residual stress and higher cooling rate 

results in higher residual stress than lower cooling 

rate. Also it was presented that different ply 

orientations generate different residual stresses in 

magnitude and distribution. Higher residual stresses 

are induced in XP laminates than UD. Xia et. al [15] 

developed unified (for both thermal and mechanical 

loading) boundary conditions (BCs) for various 

types of micromechanical RVE models. It was 

observed that the proposed BCs satisfy the boundary 

displacement periodicity and also stress periodicity 

of the RVE model under general multi-axial loading 

conditions. These BCs are suitable for RVE models 

of any angle-ply (AP) and XP laminates.  Zhang et. 

al. [16] developed the work done in Ref. [14] in their 

study. They presented a meso/micro-mechanical 

study of glass fibre reinforced viscoelastic epoxy 

resin XP laminates during and after high temperature 

curing process. Generation of cooling-induced 

residual stresses/strains and their influence under 

subsequent mechanical loading were investigated. It 

was seen that higher cooling rate results in higher 

residual stresses. Shrinkage at the end of the cure 

cycle and local residual strains have significant 

effect on the response of laminate under 

subsequently applied mechanical loading. For 

example, the location of damage initiation and its 

propagation paths are different for cases with and 

without residual strains. Abolfathi et. al. [17] 

developed a FE micromechanical model to 

efficiently determine the elastic properties of 

bidirectional fibrous composites. RVE model for 

UD, XP and AP laminates were subjected to 6 

independent load cases. 4 different composite 

materials were tested. A good agreement between 

the micromechanical model and the stiffness-

compliance solutions from Classical Lamination 

Theory (CLT) was obtained. Naik et. al [18] 

developed the work of Abolfathi et. al. [17] for glass 

fibre reinforced viscoelastic epoxy resin. Similar to 

Ref. [17], viscoelastic properties of the composite 

were determined under 6 different load cases. 

Hexagonal and square packed RVEs for UD and 

square packed RVE for XP laminate were tested and 

compared for different Vf. It was found that square 

packed RVE is stiffer than hexagonal for UD 

composite and higher stresses are induced in XP 

laminate than UD when loaded in normal directions. 

Karami et. al. [19] developed the work of Abolfathi 

et. al. [17] for prediction of residual stress formation 

and the coefficient of thermal expansion (CTE) due 

to a unit temperature increase for glass fibre and 
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carbon fibre reinforced epoxy composites. Effects of 

fibre cross angle and Vf were investigated. It was 

found that as the fibre cross angle increases, residual 

stresses induced in fibre and resin of carbon 

fibre/epoxy composite increase, however as the Vf 

increases, residual stresses induced in fibres 

decrease while the residual stresses induced in resin 

of glass fibre/epoxy increase and CTE decreases.  

 

This study is a further improvement of authors’ 

previous work [12] in which FE micromechanical 

model was developed to predict the elastic moduli of 

UD AS4/8552, to investigate its behaviour 

throughout Manufacturer’s Recommended Cure 

Cycle (MRCC) and to assess the damage 

progression under resin dominated loading modes, 

by taking into account the effect of process-induced 

residual stress. In this study, the same procedure is 

applied for XP laminate. First of all, in order to 

validate the model, (RVE and geometry) the 

material in Ref. [17] is considered for elastic moduli 

prediction. Predictions show good agreement with 

Ref. [17]. Then AS4/8552 is considered and its 

elastic moduli are predicted. Secondly, MRCC is 

modelled by implementing the instantaneous strain 

and temperature dependent properties of resin 

through its cure cycle into the model by using 

ABAQUS user defined subroutine UMAT. Finally, 

progressive damage assessment is modelled with 

another user defined subroutine, USDFLD under 

tensile loadings with and without the effect of 

process-induced residual stress. Elastic moduli and 

strain variation throughout MRCC is presented, 

especially at some specific points. Global stress-

strain responses are presented and strength values 

are compared with UD ply and also with 

experimental data available in literature. Damage 

progressions are presented for normal load modes. 

 

2 Finite Element Analysis 

2.1 Representative Volume Element 

ABAQUS® [20] is used for FE analysis. 3D square 

packed RVE is selected in this study. 8 noded brick 

elements (C3D8) are used to mesh the model. 

Results converge when the element size is less than 

or equal to 0.2 µm. RVEs with 0.2 µm element size 

are shown in Figure 1 where the fibres and resin are 

represented with different colours. Regardless of the 

volume fraction, dimensions of the RVE should 

follow the parameters of the square geometry. A 

whole RVE is used for shear loadings (to predict 

shear moduli) as in Ref. [17] and quarter RVE is 

used for normal loadings. In whole RVE, the origin 

of the model is the mid-point of the model and in 

quarter RVE, origin is the point behind the point “E” 

in Figure 1.  

 

In FE micromechanical analysis, BCs are very 

important for periodicity and symmetry of RVE. 

BCs for normal and thermal loading are given in 

Table 1. Nodes on x=0, y=0 and z=0 planes are 

restricted (R) to move in their normal direction but 

they are free (F) to move in perpendicular directions. 

Also, in order to keep the edges planar during the 

deformation, nodes on opposite surfaces are 

constrained (C) to move the same amount in normal 

directions. BCs for shear loading are different. BCs 

for shear load modes are given in Table 2. For 

example, for η23, node at the origin of the whole 

RVE is restricted to move in any direction, all nodes 

on bottom (z=-L) and top (z=L) planes are 

constrained to move equally in y axis but in opposite 

directions and similarly all nodes on left (y=-2L) and 

right (y=2L) planes are constrained to move equally 

in z axis but in opposite directions. Required 

modifications are applied for η12 and η13 load modes 

as presented in Table 2. 

2.2 Prediction of Elastic Moduli 

The material modelled in this study is AS4/8552 

with Vf=57.4%. Constituents’ properties can be 

found in [10, 21]. For normal loading, unit strain is 

applied in the direction of concern and the modulus 

in that direction is the global stress induced in that 

direction which is the average of local stresses in the 

RVE. For shear load modes, unit shear strain is 

applied to the corner nodes of the RVE in direction 

of concern; resulting global stress is the regarding 

shear modulus. For example for η23, unit strain is 

applied in +y & +z and –y & -z directions to the 

corner nodes “A” and “D” in Figure 1 respectively.   

2.3 Prediction of Thermochemical strains and 

Residual Stresses 

Residual stress developing in a XP AS4/8552 

throughout the MRCC, described in Ref. [21], is 

investigated. In addition to this, shrinkage of resin 

during MRCC and elastic moduli development 
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through cure are investigated in details. Previously, 

Ersoy et. al. [10] predicted the development of 

thermochemical strains and elastic modulus of the 

8552 resin as the cure progresses by using Group 

Interaction Modelling (GIM) as seen in Figures 2 

and 3 respectively. Gelation of the composite takes 

place in the 130
th
 min. of the cure cycle. Vitrification 

takes place in the 45
th
 minutes after 180 °C dwell 

begins [10]. Development of thermochemical strains 

and the modulus of the resin are modelled by 

implementing these instantaneous strain and 

temperature dependent properties of resin during 

MRCC into the user-defined subroutine UMAT. 

Residual stress induced in composite is calculated by 

using equation 1 for resin in UMAT. Residual stress 

and CTE predictions for XP laminate are compared 

with the values of UD ply [12] and some 

experimental data available in literature. 

 

     ij thDSTRESS( i, j ) C DSTRAN( i, j ) d      (1) 

 

Where: 

[C] : Stiffness matrix 

DSTRESS(i,j) : Incremental stress array 

DSTRAN(i,j)   : Incremental mechanical strain array 

δij∙dεij 
: Incremental strain due to chemical   

and/or thermal effects 

2.4 Progressive Failure Analysis 

In this study, only tensile loadings are taken into 

account. Progressive failure analysis of a XP 

AS4/8552 laminate is modelled with stiffness 

reduction method in conjunction with ABAQUS 

user defined subroutines USDFLD and UMAT as in 

[12]. Failure behaviour of AS4/8552 is investigated 

by implementing Maximum Principal, Raghava’s 

and Bauwen’s modified von-Misses (MVM) Failure 

criteria to 8552 resin and AS4 fibre in USDFLD 

with and without residual stress. Details of 

Raghava’s and Bauwen’s MVM Failure criteria can 

be seen in Equations 2 and 3 respectively as defined 

in [5-6].  

 
2

1

1 1
1VM

C T T C

r r r r

I
 

   
 



   
 (2) 

 

1

1 1 1 1 1 1
1

2 2
VMT C T C

r r r r

I
   

      
   


     (3) 

Where: 

ζr
C
 : Compressive strength of resin 

ζr
T
 : Tensile strength of resin 

ζVM   : von-Misses stress induced in resin 

I1 : First invariant induced in resin 

 

Strength values of resin are required for each Failure 

Criteria as seen in Equations 2 and 3. Tensile 

strength of 8552 resin is available in [21], but the 

compression strength is not. Compression strength 

of 3501-6 epoxy resin is known as 250 MPa, and 

same compressive/tensile strength ratio is assumed 

to be valid for 8552 epoxy resin which gives a 

compressive strength of 300 MPa for 8552 resin. 

The interfacial adhesive strength properties are 

assumed to be equal to cohesive strength of the resin. 

Predicted strength values of XP laminate and 

damage path after its initiation are presented. 

Damage assessment of XP laminate is compared 

with UD ply. 

 

3 Results and Discussion  

3.1 Elastic Moduli Prediction 

First of all, elastic moduli of “Composite #2” in Ref. 

[17] are predicted to verify the model for XP 

laminates. Prediction of this model is compared with 

Ref. [17] in Table 3. As it is seen, results are almost 

same with [17]. Then, same procedure is applied for 

AS4/8552. Deformations under each load case are 

given in Figure 4. Predictions for elastic moduli of 

XP AS4/8552 are given and compared with UD and 

some experimental results in Table 4. Very limited 

experimental data are available for XP laminate. In 

[22] E1 and ν13 are obtained with respect to ASTM 

D-3039 and ASTM D-6641 test standards 

respectively. In addition to these, CTE predictions 

for XP laminate are compared with measurements 

and as presented in Table 4. Experiments were 

performed in Thermo-Mechanical Analyser (TMA) 

previously by Ersoy. In the experiments 6x6x4 mm 

and 6x6x1 mm specimens were used for UD and XP 

composites respectively. Specimens were 

equilibrated at 30°C and heated from 30 to 250°C at 

a rate of 2 K/min in a helium atmosphere. An 

expansion probe with a flat face of diameter 3.66 

mm was used, and 10 mN force was applied. A fresh 

specimen was used for each experiment so that all 

specimens had the same thermal history. Three 
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specimens were run for each orientation of each 

sample. Predictions obtained in this study are in very 

good agreement with measurements.  

Stress distributions for each load mode under 

applied unit strains in various directions can be seen 

in Figures 5-9. Two different views are presented for 

the ζ22 to view the location of maximum stress 

induced in the region where the fibres are closest to 

each other in the RVE. If Table 4 and Figures 5-9 

are examined together, it can be seen that the elastic 

moduli in each direction are the average value of 

regarding stress distributions. 

3.2 Cure Shrinkage and Residual Stress Analysis  

Strain variation in transverse direction during 

MRCC simulation of XP and UD AS4/8552 is 

plotted in Figure 10. As it is seen, strain variation of 

XP laminate is almost the twice of the UD ply in 

transverse direction. In order to see the strain 

variation in details, some values at some specific 

points throughout the MRCC is emphasized such as 

at the gelation point (GP), at the vitrification point 

(VP), at the beginning of cooling stage (CP) and at 

the end of the MRCC. They are presented in Table 5. 

CTEs in each direction are calculated by using 

incremental modulus and strain of resin during 

cooling from 180 °C to 20 °C and they are presented 

in Table 6. As one can see that, prediction of CTEs 

by using glassy values of constituents as in Table 4 

is very similar to the prediction by using incremental 

strain and elastic moduli as in Table 6. In addition to 

this, CTE predictions in this study are compared 

with measurements as stated in Section 3.1. Details 

of the experiments are given in Section 3.1 and the 

measurements with UD plies are given in Table 7.  

Predictions obtained by using incremental strain and 

elastic moduli of resin are in very good agreement 

with measurements. Thus, knowing the CTE of any 

composite enables to see the cooling stage and also 

predict the residual stress development of any 

composite during cooling from cure temperature to 

room temperature by using the micromechanical 

model developed in this study. 

As stated in [12], most of the residual stresses 

develop at the cooling stage of the composite. Figure 

11-12 present the residual Maximum Principal 

Stress distribution at the beginning and end of the 

cooling respectively. As seen, the magnitude of the 

residual Maximum Principal Stress increases from 

17.17 MPa to 101 MPa. Three failure criteria are 

considered for the failure analysis as stated above. 

Failure parameter distributions due to residual stress 

at the end of the cure cycle in terms of the other two 

criteria are presented in Figures 13-14. Comparison 

of the maximum value of each failure parameter 

with UD ply is presented in Table 8 where the 

magnitude of Maximum Principal Stress is given in 

terms of its ratio to tensile strength of resin. As Chen 

found in [14] for glass fibre reinforced epoxy, higher 

residual stresses are formed in XP AS4/8552 than 

UD. One important result is that, composite seems to 

fail at the end of the cure cycle with respect to 

Raghava’s MVM Failure criteria, since the failure 

parameter exceeds unity. Therefore this criterion is 

not considered for progressive failure analysis 

because resin is already failed at the end of the 

MRCC.  

3.3 Progressive Failure Analysis  

First of all, tensile strength and damage path under 

transverse tensile loading (in y (2) direction) are 

presented. Stress-strain curves with respect to 

Maximum Principal and Bauwen’s MVM failure 

criteria are presented in Figure 15. Transverse 

tensile strength of cross-ply AS4/8552 is 48 MPa 

with respect to Maximum Principal failure criterion 

and it is 44 MPa with respect to Bauwen’s Modified 

von-Misses failure criterion. Without the effect of 

residual stress, they increase to 86 and 90 MPa 

respectively. Comparison between transverse tensile 

strength predictions of XP AS4/8552 with UD are 

given in Tables 9 and 10. Since hexagonally packed 

RVE is used in [12], transverse tensile strength of 

UD is direction dependent. One can see the 

detrimental effect of XP sequence on transverse 

tensile strength of AS4/8552 in Table 9 with the 

effect of residual stress. However, this is not valid 

for the case without residual stress. Transverse 

tensile strength predictions for XP are between the 

ζy
T
 and ζz

T
 of UD ply. It can be said that progressive 

failure analysis is more realistic when the process-

induced residual stress is considered. Damage 

evolutions with the effect of residual stress are 

similar for each failure criteria. Therefore only the 

damage path in resin under Maximum Principal 

Stress criterion is sketched in Figure 16. 

Failure modes in longitudinal directions (x(1) and/or 

z(3) directions) are fibre dominant. First, matrix 
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cracking is expected to occur, and then the final 

failure occurs at the increment when the fibre fails. 

This situation is observed within this study. Stress-

strain curves under longitudinal tensile loading of 

XP AS4/8552 laminate are plotted in Figures 17 and 

18. Figure 17 is the stress-strain response when the 

Maximum Principal Failure criterion is applied to 

both resin and fibre while Figure 18 is the response 

when Bauwen’s MVM is applied to resin and 

Maximum Principal Stress Failure criterion is 

applied to the fibre. In Figure 17, it is seen that first 

matrix cracking occurs when ζ1 or ζ3=198 MPa with 

the effect of process-induced residual stress but 

when this effect is neglected, matrix cracking occurs 

at ζ1=610 MPa as indicated. One can see that, 

residual stress has beneficial effect on the 

longitudinal tensile stress-strain response of XP 

AS4/8552. Because without the effect of residual 

stress, final failure occurs at ζ1=1137 MPa and it 

increases to ζ1=1172 MPa when the process-induced 

residual stress is considered with respect to 

Maximum Principal Failure criterion. In Figure 18, it 

is seen that, by considering the process-induced 

residual stresses, first matrix cracking of XP 

AS4/8552 occurs at ζ1=95 MPa with respect to 

Bauwen’s MVM Failure criteria and without this 

effect, crack initiates at ζ1=648 MPa in the resin as 

indicated. Beneficial effect of process-induced 

residual stress is seen again. Because without 

residual stress, final failure occurs at ζ1=1153 MPa 

and it increases to 1174 MPa with residual stress 

with respect to Bauwen’s MVM Failure criterion. 

This is due to the compressive residual stresses 

induced on fibres by resin shrinkage and contraction. 

In literature, only final failure values are available as 

experimental strength. They are given in Table 11. 

In [22], tests to obtain the final failure stress of the 

XP laminate are done by using [90/0]2S stacked 

specimens (according to ASTM D-3039). 

Comparisons of longitudinal tensile strength values 

between UD and XP for each situation are presented 

in Tables 12 and 13. XP laminate has lower strength 

than UD as in transverse tensile strength as seen in 

these Tables. One interesting result is that, matrix 

cracking does not happen until fibre failure in UD 

under longitudinal tensile loading without the effect 

of residual stress as seen in Table 13. This result 

emphasizes the importance of considering the 

residual stresses induced throughout the MRCC. It is 

seen that, a good validation is obtained between 

experimental and predicted longitudinal strength 

values of UD and XP AS4/8552. Damage evolution 

in resin under longitudinal tensile loading in z(3) 

direction with respect to Maximum Principal Stress 

criterion is presented in Figure 19. Damage initiates 

in resin at the fibre-resin interface in 90° ply. Final 

failure occurs when the fibre in 0° ply fails at 

ε3=1.87 %. Damage path in the resin with respect to 

Bauwen’s MVM criterion is sketched in Figure 20. 

Similarly, first matrix crack occurs in 90° ply and 

final failure occurs when the fibre in 0° ply fails at 

ε3=1.87 %. 

4 Conclusion 

In this study, a micromechanical FE model is 

developed for calculating the elastic moduli, 

modelling the MRCC for detailed residual stress 

analysis and progressive damage assessment of XP 

AS4/8552. Results are compared with authors’ 

previous study [12] and experimental data available 

in literature. It is seen that, the developed model is a 

good method for predicting mechanical behaviour of 

XP polymeric composites when experimental study 

is difficult to perform or relevant data are not 

sufficient. It is also seen that, consideration of 

process induced residual stress makes the approach 

more realistic which enables to predict each failure 

mode. 
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Fig. 1. Whole and quarter RVEs 
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Fig. 2. Temperature and linear thermochemical strain of 

8552 resin throughout MRCC 

 

.A 

.B 

.C 

D. 

G
el

at
io

n
 

V
it

ri
fi

ca
ti

o
n

 

E. 

ICCM19 3801

http://www.hexcel.com/


 

7  

-2

-1.5

-1

-0.5

0

0.5

1

1.5

2

1

10

100

1000

10000

0 60 120 180 240 300 360

St
ra

in
 (

%
)

El
as

ti
c 

M
o

d
u

lu
s 

[M
P

a]

Time (min)

E [MPa]

Strain

 
Fig. 3. Development of elastic moduli and strain of 8552 

resin throughout MRCC 

 
Longitudinal Tensile Loading Transverse Tensile Loading 
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Fig. 4. Resulting deformations 

 

 
Fig. 5. ζ11 stress distribution due to longitudinal tensile 

loading 

 

 
Fig. 6. ζ22 stress distribution due to transverse tensile 

loading 

 

 
Fig. 7. Different view of ζ22 stress distribution due to 

transverse tensile loading 

 

 
Fig. 8. η13 stress distribution due to longitudinal shear 

loading 
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Fig. 9. η32 stress distribution due to transverse shear 

loading 
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Fig. 10. Strain change in transverse direction during cure  

 

 
Fig. 11. Residual Maximum Principal Stress distribution 

before cooling to room temperature 

 

 
Fig. 12. Residual Maximum Principal Stress distribution 

at the end of cure cycle 

 

 
Fig. 13. Raghava’s MVM failure parameter distribution 

due to residual stresses at the end of cure cycle  

 

 
Fig. 14.  Bauwen’s MVM failure parameter distribution 

due to residual stresses at the end of cure cycle 

 

ICCM19 3803



 

9  

 
Fig. 15. Transverse tensile stress-strain response of XP 

AS4/8552 

 

ε2=0.381% ε2=0.393% ε2=0.406% 

   
ε2=0.419% ε2=0.444% ε2=0.637% 

   
Fig. 16. Damage evolution in resin under transverse 

tensile loading with the effect of residual stress 

 

 
Fig 17. Longitudinal stress-strain response under 

Maximum Principal Stress criterion for both resin and 

fibre 

 

 
Fig 18. Longitudinal-stress strain response under 

Bauwen’s MVM failure parameter and Maximum 

Principal Stress criterion for resin and fibre respectively 
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ε3=0.353% ε3=0.375% ε3=0.475% 

   
Fig. 19. Damage evolution in resin under longitudinal (z) 

tensile loading with the effect of residual stress with 

respect to Maximum Principal Failure Criterion (resin) 
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ε3=0.132% ε3=0.144% ε3=0.166% 

    
ε3=0.188% ε3=0.221% ε3=0.287% 

   
Fig. 20. Damage evolution in resin under longitudinal (z) 

tensile loading with the effect of residual stress with 

respect to Bauwen’s MVM criterion (resin) 
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z=L F F C 

Table 1. BCs for normal and thermal load modes 

 

 τ12  τ13  τ23 

PLANE X Y Z 

 

X Y Z 

 

X Y Z 

x=-L F C R F R C R F F 

x=L F C R F R C R F F 

y=-2L C F R F R F R F C 

y=2L C F R F R F R F C 

z=-L F F R C R F R C F 

z=L F F R C R F R C F 

Table 2. BCs for shear load modes 

 

 This Study [17]  

E1= E3 21.00 20.88 GPa 

E2 10.50 10.48 GPa 

G13 3.44 3.42 GPa 

G21=G23 3.07 3.07 GPa 

ν13= ν31 0.14 0.14  

ν12=ν32 0.37 0.37  

Table 3. Predictions of “Composite #2” in [17] 

 UD XP  

 [12] FEM EXP.  

E1 133000 71844 69223 [22] MPa 

E2 9755 12870 -  MPa 

E3 9755 71844 69223 [22] MPa 

G12 5228 3827 -  MPa 

G13 5228 5530 -  MPa 

G32 3194 3827 -  MPa 

ν12 0.267 0.443 -  - 

ν13 0.267 0.038 0.037 [22] - 

ν21 0.0196 0.079 -  - 

ν23 0.527 0.079 -  - 

α1 0.232 3.55 3.1  10
-6

/
o
C 

α2 40.03 56.4 53.7  10
-6

/
o
C 

α3 40.03 3.55 3.9  10
-6

/
o
C 

Table 4. Glassy properties of UD and XP AS4/8552 

 

Time ε1 (%) ε2 (%)  

tGP -1.39141·10
-6

 0.6550 

U
D

  
[1

2
] 

tVP -8.507·10
-4

 -0.3060 

tCP -0.00164 -0.3580 

tEND -0.01776 -0.9330 

tVP-tGP -8.501·10
-4

 -0.9700 

tCP-tVP -7.886·10
-4

 -0.0430 

tEND-tCP -0.01612 -0.5750 

tGP -2.8246·10
-5

 1.3035 

X
P

 

tVP -0.00763 -0.5823 

tCP -0.01117 -0.6456 

tEND -0.07098 -1.4685 

tVP-tGP -0.00761 -1.8860 

tCP-tVP -0.00354 -0.0633 

tEND-tCP -0.05981 -0.8230 

Table 5. Comparison of shrinkage strain during MRCC 

 

 
UD [12] XP 

α1 (10
-6

 /°C) 1.01 3.7 

α2 (10
-6

 /°C) 36 51.4 

α3 (10
-6

 /°C) 36 3.7 

Table 6. CTE Predictions of AS4/8552 

 

 
UD XP 

α1 (10
-6

 /°C) 0.21 3.1 

α2 (10
-6

 /°C) 33.3 53.7 

α3 (10
-6

 /°C) 34.7 3.9 

Table 7. CTE Measurements of AS4/8552 

 

Resin Criteria UD [12] XP 

Max. Princ. 0.55 0.83 

Raghava 0.61 1.06 

Bauwen 0.64 0.82 

Table 8. Failure parameter values due to residual stresses 

at the end of the MRCC of AS4/8552 
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Resin Criteria 
UD [12] XP  

σy
T
 σz

T
 σy

T
  

Max. Princ. 84 78 48 MPa 

Bauwen 61 58 44 MPa 

Table 9. Predicted transverse tensile strengths of 

AS4/8552 with residual stress 

 

Resin Criteria 
UD [12] XP  

σy
T
 σz

T
 σy

T
  

Max. Princ. 102 85 86 MPa 

Bauwen 103 86 90 MPa 

Table 10. Predicted transverse tensile strengths of 

AS4/8552 without residual stress 

 

  Final Failure  

UD 
[21] 2207 MPa 

[22] 2064 MPa 

XP [22] 1030 MPa 

Table 11.  Experimental values for longitudinal tensile 

strength of AS4/8552 

 

 Resin Criterion Matrix Fibre  

UD 
Max. Princ 1438 2388 MPa 

Bauwen 1070 2385 MPa 

XP 
Max. Princ 198 1172 MPa 

Bauwen 95 1174 MPa 

Table 12. Predicted longitudinal tensile strengths for 

AS4/8552 with the effect of residual stress 

 

 Resin Criterion Matrix Fibre  

UD 
Max. Princ - 2424 MPa 

Bauwen - 2424 MPa 

XP 
Max. Princ 610 1137 MPa 

Bauwen 648 1153 MPa 

Table 13. Predicted longitudinal tensile strength of 

AS4/8552 without the effect of residual stress 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1  Introduction  

Thermoset prepregs offer a consistent, predictable 

manufacturing method for flight-critical structures. 

Applications considering lightweight honeycomb 

core inserts for part stiffening may encounter unique 

manufacturing difficulties. The differential pressure 

between the inside of the honeycomb core and the 

vacuum bag may introduce core crush or migration, 

blown cells, and skin pillowing or dimpling if the 

autoclave pressure is high (standard cure pressure is 

690 kPa) [1]. These problems are usually overcome 

by reducing the autoclave pressure to between 280 

and 350 kPa [1], but can lead to inferior bonding 

between the skin and core, including disbonds, and 

high skin porosity levels. Clearly, the honeycomb 

core pressure strongly influences the quality of co-

cured honeycomb panels. 

 

As low-cost vacuum bag only (VBO) manufacturing 

gains popularity, substandard bonding and skin 

porosity are prominent concerns for applications 

featuring honeycomb core. Manufacturing 

honeycomb sandwich panels is a complex activity, 

influenced by the following factors: reinforcement 

(raw material, fabric style, and weave pattern), 

prepreg (resin type, content, and impregnation), 

adhesive film (flow behaviour, carrier, and areal 

density), consumable materials (release film 

perforations, and breather density), and part 

manufacturing (layup, bagging arrangement, 

vacuum level, ambient pressure, and curing cycle). 

Researchers have investigated the effect of select 

process parameters on the quality of lab-scale 

honeycomb panels using both experimental [2-6], 

and material characterization and process modelling 

techniques [7-13]. Both approaches aim to identify 

the best manufacturing method available for the 

given materials and process parameters, however, 

they are difficult to relate. The studies of lab-scale 

honeycomb panels measure passive process 

variables, such as process temperature, vacuum bag 

pressure, and ambient pressure, but cannot easily 

measure the honeycomb core pressure. Material 

characterization and modelling studies focus on the 

constituents’ influence on honeycomb core pressure 

by neglecting holistic effects (such as the tool-side 

skin and adhesive). A link is needed between the 

two techniques before scaling the manufacturing 

process to larger structures. 

 

Sensing techniques have been investigated for 

sandwich structures using capillary tubes to measure 

the honeycomb core pressure during autoclave 

processing [14,15]. Other sensing applications 

include optical Fibre Bragg Grating (FBG) sensors 

for structural health monitoring [16] and to measure 

process-induced strains between a composite skin 

and core [17,18]. However, introducing sensors 

without altering the properties, behavior, or creating 

leaks within the parent structure is challenging. 

Capillary tubes can be large (up to 0.8 mm in 

diameter [15]) and if rigid, may not conform to 

contoured parts. Optical fibres offer a flexible and 

smaller solution, but are fragile. Groves may need to 

be cut in the core to protect optical fibres from being 

crushed by the cell walls, [18], and the sensor itself 

may impede fillet formation between the skin and 

core [18] or create resin rich areas [17]. A miniature, 

robust solution is needed to validate process models 

without disturbing the process phenomenon within 

the host structure.  

  

In this study, process models are combined with 

dual-skin lab-scale honeycomb panels by embedding 

micro-fabricated pressure sensors in honeycomb 

panels. As a result, the honeycomb core pressure is 

measured throughout the manufacturing process, 

linking the two approaches. A technique is 

introduced to embed the pressure sensors into 

honeycomb cores to minimize intrusion and to avoid 

creating leak paths. Once embedded, the honeycomb 

core pressure is measured during the vacuum hold 

prior to cure and during elevated temperature 

processing in an oven and an autoclave. The results 

are compared with previously developed process 
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models and demonstrate the ability to measure the 

honeycomb core pressure for bag molding processes.  

 

2  Overview of honeycomb core pressure process 

models  

The key analytical models used to express the 

honeycomb pressure are presented in the following 

sections for quick reference. The process models 

used in this paper are developed in detail in Ref. 

[12,13].  

2.1  Honeycomb core pressure evolution prior to 

cure 

The honeycomb core pressure is predominantly 

governed by the air permeability of the honeycomb 

skin, K, which can be characterized if a decrease in 

honeycomb core pressure can be measured [7-11]: 
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where PBag is the pressure in the vacuum bag side of 

the skin and PCell is the pressure in the honeycomb 

core measured at time t, PCell,i is the initial 

honeycomb core pressure, VCell is the volume of air 

on the honeycomb core side of the skin, L is the skin 

thickness, A the area through which flow occurs, and 

µ is the viscosity of the permeating fluid. The left 

hand side of Eq. (1) is linearly dependent on time t, 

and for this reason when the left hand side of Eq. (1) 

is plotted versus time, the slope of the straight line is 

the air permeability [19].  

  

In the case of elevated temperature air permeability 

characterization, Sutherland’s law was used to 

compute the viscosity of air as a function of 

temperature 
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where T is the temperature in Kelvin, S is the 

Sutherland constant, and T0 and µ0 are reference 

values. 

  

Eq. (1) can be solved for PCell to predict the pressure 

evolution in the core during the vacuum hold prior to 

cure [12]: 
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2.2  Honeycomb core pressure during cure  

The honeycomb core pressure at the end of the 

vacuum hold can be used to predict the pressure 

differential between the honeycomb core and 

vacuum bag during cure if both the air permeability 

and gas (within the honeycomb) core are known. 

The ideal gas equation of state can be used if 

moisture is negligible within the core, but if non-

metallic cores are used, a more complex model 

capturing the moisture desorption is needed to 

describe the honeycomb core pressure during cure. 

A model describing the honeycomb core pressure 

during VBO co-curing of honeycomb panels is 

presented in Ref. [13]. The model requires an input 

of initial masses of air and water vapor, and the 

moisture content of the honeycomb core. The initial 

masses of air and water could be calculated from Eq. 

(3) and the ambient relative humidity. Assuming no 

drying of the core during the vacuum hold (the core 

moisture content remained constant) the honeycomb 

core pressure, PCell, could be predicted by  
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where Ru is the universal gas constant, T is the 

temperature, VCell is the empty volume of the 

honeycomb core, mAir, i is the initial mass of air in the 

honeycomb core, mVapor is the total mass of water 

vapor in the honeycomb core, Honeycombm  is the mass 

flow from the paper cell walls into the honeycomb 

core, SkinBagm  is the mass flow rate of gas within the 

honeycomb core through the bag-side skin, γ is the 

mass fraction of air and water vapor in the cell, and 

ω is the molar mass of air and water vapor. 

  

The models presented in Eq. (1), Eq. (3), and Eq. (5) 

neglect the tool-side skin since vacuum is applied 

asymmetrically. In large parts, most air evacuation 

from the core will travel through only the bag-side 

skin. Volatiles entrapped within the tool-side skin 
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may flow into the into the honeycomb core during 

the vacuum hold prior to cure and during elevated 

temperature processing. The volume of volatiles 

within a honeycomb skin may be negligible 

compared to the honeycomb core volume, but 

validating these process models in honeycomb 

panels featuring both a bag and tool-side skins is an 

important step towards reducing the uncertainty 

between modelling and realistic composite parts.  

3  Experimental procedure 

A lab-scale solution is developed in the following 

sections to simulate co-curing of large composite 

structures. First, the sensors are described. Second, 

the embedding procedure is developed. Finally, the 

materials and processing conditions are presented. 

3.1  Sensors 

A piezoresistive silicon micromachined pressure 

sensor from Measurement Specialties (model 

number: MS5407-AM) was selected to measure the 

pressure inside the honeycomb core. A picture of the 

sensor is shown in Figure 1. The actual pressure 

sensor is 2 mm x 2 mm, but the associated 

packaging increased the total size to 6.4 mm x 6.2 

mm. This sensor was chosen because it offered high 

sensitivity, 0.2 % linearity between the 0 to 7 bar 

operating pressure, and a maximum operating 

temperature of 125 °C.  

  

The sensor has a Wheatstone bridge wiring 

configuration, and therefore required 4 wires to be 

soldered to the back side of the carrier. Enamel 

coated copper magnet wire was used to connect the 

sensor to the data acquisition system to avoid 

introducing leaks along the wire into the panel or 

vacuum bag. Twenty-eight gauge wire was found to 

offer the best balance of handling, durability and 

size; thirty-two and thirty-six gauge wires were 

evaluated, but those sizes readily became entangled 

and broke at the solder joints even with careful 

handling.  

  

These pressure sensors offered temperature 

compensation by embedding a fluorocarbon polymer 

coated thirty-gauge K-type thermocouple wire 

beside the pressure sensor within the honeycomb. 

The temperature compensation required a four-point 

calibration at two temperatures: 22 °C and 125 °C, 

and two pressures: 0 and 1000 mbar.  

 

 

 

3.2  Embedding sensors in a honeycomb core 

A simple solution was sought to embed the pressure 

sensor and pass the wires through the panel without 

introducing a leak path and subsequently disrupting 

the pressure behaviour. A schematic of the 

embedding technique is presented in Figure 2. To 

avoid in-plane air flow at the perimeter of the core, a 

150 mm x 150 mm x 20 mm aluminum frame was 

fabricated from 12 mm thick square tubing. Six slots 

(3 mm wide x 4 mm deep) were machined on one 

side to allow the wires to pass through the frame. A 

blind 3 mm diameter hole, 3 mm deep, was drilled in 

the center of the slot to provide extra an anchoring 

point. The wires were potted with a room 

temperature vulcanizing silicone rubber (RTV 

silicone) that was temperature resistant up to 200 °C 

after seven days at room temperature.  

  

The quality of the wire potting was evaluated using a 

flow meter and a hot water bath. The frame with 

embedded wires was sandwiched between two 

aluminum plates with rubber o-rings, and a flow 

meter was connected between one plate and a 

vacuum pump. If the flow rate fell to zero after 

evacuating the core, the panel was assumed to be 

sealed. This confirmed that the embedded wires did 

not create any leak paths through the edges of the 

frame. If the assembly failed the leak test, 

atmospheric pressure was vented into the frame, and 

the assembly was submerged into a water bath at 50 

°C to identify the location of the leaky wire(s). Once 

the leak was identified, it was repaired with 

additional silicone. This evaluation procedure was 

repeated until both the flow meter registered zero 

flow and no bubbles appeared when the frame was 

submerged in the hot water bath. 

  

The pressure sensor was located in the centre of the 

frame, but the pressure sensor did not fit into a 

single 3.1 mm honeycomb core cell. A 12 mm 

diameter blind hole was drilled 8 mm deep into the 

centre of the honeycomb core, connecting a total of 

five cells. The six wires (four for the Wheatstone 

bridge and two for the thermocouple) were 

encapsulated between 2 layers of adhesive film 

between the pressure sensor and the edge of the 

frame, as shown in Figure 3a. Alternative solutions 

that were considered included cutting a groove in the 

core for the wires, but this would allow air migration 

between the edge and centre of the panel. Air 

migration could be eliminated by potting the wires 

in the groove with silicone, but this would introduce 

a foreign material near the sensor, possibly skewing 
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the measured pressure. Sealing the wires between 2 

layers of adhesive film between the sensor and panel 

edge offered a solution that could be scaled to larger 

parts without adding foreign materials or additional 

weight to the panel.   

  

After the wires were sandwiched between two layers 

of adhesive film (Figure 3b), the tool-side skin, 

consisting of prepreg and surfacing film, was laid-up 

directly onto the adhesive. A layer of Airtech’s 

Flashbreaker
®
 2 polyester film tape was applied 

around the perimeter of the skin to prevent in-plane 

gas flow during processing (Figure 3c). The frame 

was then placed tool-side down onto a non-

perforated release film covering 12 mm thick 

aluminum tool. The bag-side adhesive film and 

prepreg layers were applied (Figure 3d) over the 

core. Again, Fashbreaker
®
 tape was placed around 

the perimeter of the panel to prevent in-plane flow, 

reproducing the pressure behaviour in a large panel. 

The embedded wires were sealed at the exit point of 

the aluminum frame and the vacuum bag between 

two layers of sealant tape.   

3.3  Materials and processing 

A plain weave out-of-autoclave prepreg material 

was used in this study. The prepreg was impregnated 

with Cycom 5320 by Cytec Engineered Materials.  

The reinforcement fabric had a nominal areal weight 

of 196 g/m
2
 and an initial resin content of 36 % by 

weight. The honeycomb core was Nomex, 20 mm 

thick, with 3.1 mm cell diameter, and a density of 96 

kg/m
3
. A structural film adhesive from 3M, AF 163-

2K with a 294 g/m
2
 weight, was used to bond the 

skin to the core. A surfacing film from Cytec, SM 

905 with a 171 g/m
2
 weight was used to minimize 

surface pitting on the tool side skin. The consumable 

materials were FEP release film (non-perforated and 

perforated with 0.38 mm perforations staggered by 

6.35 mm), breather, vacuum bag, and sealant tape. 

  

Elevated temperature processing was performed in 

an atmospheric pressure oven and an autoclave. The 

test matrix is presented in Table 1. The oven 

experiments (trials 1–3) runs were used to identify 

the effect of absorbed moisture in the honeycomb 

core on the measured and predicted core pressure. 

The autoclave experiments (trials 4–7) were used to 

identify the effect of consolidation pressure 

application and pressure magnitude on the measured 

and predicted core pressure. The consolidation 

pressure exerted on the honeycomb skin was 

equivalent in Trials 1 through 5. Trials 1 through 3 

were conducted under 1000 mbar of vacuum 

pressure, and trials 4 and 5 were performed with a 

total of 1000 mbar of positive pressure – the vacuum 

bag was vented to atmosphere (roughly 1000 mbar) 

and the autoclave pressure was roughly 2000 mbar. 

In trials 6 and 7, vacuum pressure was maintained in 

the vacuum bag and the 2000 mbar autoclave 

pressure effectively doubled the compaction 

pressure applied to the honeycomb skin. 

  

The same cure cycle was used for both oven and 

autoclave curing. The temperature was ramped at 1.7 

°C/min from ambient to 121 °C and held for 4 h. 

This cure cycle was chosen from the manufacturer’s 

material data sheet [20]. The bag-side skin 

temperature was measured using a separate K-type 

thermocouple to the one described in section 0. The 

measured temperature is plotted in Figure 4 

alongside the corresponding resin and adhesive film 

viscosity models taken from Ref. [21] and Ref. [13], 

respectively. The adhesive and resin are both 

thermoset polymers, but have different cure and 

viscosity behaviour during cure. Both materials 

decrease in viscosity as the temperature rises, 

however the adhesive viscosity remains significantly 

higher than the resin viscosity throughout the cure 

cycle. The resin reaches minimum viscosity at the 

same time as the adhesive gels, which occurs an 

hour before the resin gels. 

 

The air permeability of this skin, bagging 

configuration, and cure cycle was previously 

characterized in Ref. [13] and the results are 

presented in Figure 5.During elevated temperature 

processing, resin mobility increases and the pore 

space within the skin decreases. As a result, the air 

permeability decreases at the beginning of heating as 

the resin softens, becoming tackier and closing 

macro-pores that were open after the room 

temperature vacuum hold. As the skin temperature 

continues to rise past 40 °C, the resin viscosity 

decreases sufficiently for connected pores to form, 

allowing air to flow through the skin with less 

resistance until the fibre tows are saturated (0.75 h 

into cycle) and the adhesive gels (1.25 h into cycle), 

followed by resin gelation (2.25 h into cycle). Once 

the resin has gelled, the air permeability remains 

constant. Two permeability curves are shown in 

Figure 5 because of the experimental variability in 

air permeability measurements. 

  

Two vacuum ports were used for each tool. One was 

connected to the vacuum pump, the other was 
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connected to a pressure transducer (range: 0 to 3000 

mbar) to record the vacuum bag pressure using the 

same data acquisition system as the embedded 

sensors. The autoclave vessel pressure was measured 

using a separate pressure transducer (range: 0 to 

10,000 mbar) connected to the autoclave data 

acquisition system.  

4  Results and discussion 

The evolution of honeycomb core pressure during 

the vacuum hold prior to cure is plotted in Figure 6. 

The vacuum hold was performed at atmospheric 

pressure for both oven and autoclave co-cured 

panels. The lower vacuum bag pressure measured in 

the autoclave vacuum hold (Figure 6b) occurred 

because a portable vacuum pump was required 

overnight. Both vacuum holds were intended for 12 

h, but the autoclave panels were held under vacuum 

for an additional 3.5 h because extra time was 

needed to pass the pressure sensor and thermocouple 

wires between the autoclave door and ring lock 

without damaging the wires. 

 

The measured honeycomb core pressure is plotted 

alongside the model predictions from Eq. (3). A 

constant air permeability value of 1.0 x 10
-18

 m
2
 and 

1.7 x 10
-17

 m
2
 were used to generate the upper and 

lower pressure bounds.. The honeycomb core 

pressure measured using the embedded sensors 

shows significant variability. The same observation 

was made during the experimental characterization 

of bag-side skin air permeability; the air 

permeability measurements at time t = 0 h in Figure 

5 span an order of magnitude. The measured 

honeycomb core pressure decrease during the 

vacuum hold follows the upper pressure curve, 

indicating that the skin air permeability is closer to 

the lower bound in Figure 5.  The honeycomb core 

pressure at the end of the vacuum hold is within the 

predicted pressure range for six of the seven panels. . 

Even with model bounds spread by nearly an order 

of magnitude, the core pressure was outside the 

model predictions for one of seven panels. This 

observation reinforces the variability that exists with 

out-of-autoclave prepreg air permeability. End-users 

of these materials need to be aware of this reality, 

and need to protect themselves by inspecting 

incoming materials. 

  

The dynamics of the honeycomb core pressure 

change during the vacuum hold was noticeably 

different for all panels, and unlike the model 

predictions, demonstrated abrupt changes. Fluid 

flow through a porous medium depends on the 

interconnectivity of the pore space [21]. The 

measured pressure drop indicates that the pore space 

within the honeycomb skin continuously evolves 

throughout the vacuum hold. As pores become 

connected or isolated, the change in honeycomb core 

pressure is affected. More erratic behaviour was 

observed with the embedded sensor panels than the 

air permeability measurements [11]. This was likely 

caused by the localized area where pressure was 

measured. The embedded pressure sensor is located 

within a 12 mm diameter cell section, and was 

therefore more sensitive to the local changes in 

honeycomb core pressure than the large surface area 

in material characterization studies (the honeycomb 

core pressure was measured in a 150 mm x 150 mm 

cell area in Ref. [13]).  

   

The elevated temperature processing results for the 

oven cured panels are presented in Figure 7. The 

embedded pressure sensor measurements are plotted 

alongside the vacuum bag pressure, and the model 

predictions from Eq. (5). All panels show a similar 

trend during elevated temperature processing. As the 

temperature increases the honeycomb core pressure 

increases. This is caused by pressurization of 

entrapped volatiles (air and water vapour). 

Additional water vapour is desorbed from the 

honeycomb cell walls, mixing into the air and 

moisture already present within the cell void space. 

The majority of the pressure increase within the 

honeycomb core occurred during the temperature 

ramp because increasing temperature has the 

strongest influence on diffusion kinetics; a lower 

cure temperature would have lower honeycomb core 

pressure, but also longer cure time. 

 

Once the skin temperature reaches the dwell 

temperature (roughly 1.25 h into the cycle), moisture 

diffusion slows, and the air permeability of the 

honeycomb skin dominates the honeycomb core 

pressure evolution in Eq. (5). During the temperature 

dwell (from 1.25 to 5 h) the honeycomb core 

pressure decreased according to the model 

predictions. The variability in honeycomb core 

pressure is reduced during elevated temperature 

processing. The three VBO experiments were close 

to the model predictions. The measured honeycomb 

core pressure in Figure 7a was within the model 

bounds, Figure 7b was higher, and Figure 7c was 

lower. The model developed using material 

characterization on bag-side skins was able to 
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reproduce the measured pressure in representative 

panels featuring moist honeycomb core.  

 

An unexpected experimental factor was the sub-

standard vacuum level in the vacuum bag for Trials 

1 and 3. A vacuum bag required eight tucks for each 

part, used to create extra slack in the bag to avoid 

breaking or bridging the vacuum bag during cure. 

Trials 1 and 3 were cured simultaneously on the 

same tool, and Trial 2 on the same tool but a 

different oven run. The bag for Trials 1 and 3 was 

more complicated, and as a result, required more 

tucks, which lead to a lower the vacuum level Trial 

2. The vacuum level achieved during the material 

characterization was similar to the level in Trial 2 

(16 ± 4 mbar), not that of trial 1 and 3 (118 ± 23 

mbar). Vacuum bag pressure is a model input, and 

an encouraging result was that the model is robust 

enough to predict honeycomb core pressure with a 

100 mbar reduction in vacuum level during cure.  

  

The results from the autoclave co-cured panels are 

presented in Figure 8. All panels were cured 

simultaneously, but Trials 4 and 5 were on separate 

tools from trials 6 and 7. The autoclave pressure was 

ramped to the 2000 mbar set-point in 1 min, and the 

vacuum bag was vented 5 min after the pressure set-

point was reached. The fluctuations observed in the 

autoclave pressure signal during cure are an artifact 

of the controller, which is tuned for normal 

autoclave operation between 4000 and 8000 mbar, 

not the target set-point of 2000 mbar used in this 

study.  

 

In Figure 8a, the pressure differential between the 

inside and outside the vacuum bag is similar to the 

air permeability characterization, and the trials in 

Figure 7. Once the vacuum bag was vented, the 

measured honeycomb core pressure followed the 

model predictions towards the vacuum bag pressure. 

The measured honeycomb core pressure followed 

the upper bound of the model predictions until the 

dwell temperature was reached. During the dwell, 

the measured honeycomb core pressure in Trial 4 

decreased as those of VBO trials 1 through 3. The 

honeycomb core pressure in Trial 5 remained above 

the model predictions.   

 

In Figure 8b, the vacuum bag pressure was 

maintained throughout the cure cycle, effectively 

doubling the consolidation pressure applied to the 

skin, when compared to Figure 7 and   Figure 8a. 

The measured honeycomb core pressure increased 

faster, and peaked well above the model predictions. 

Doubling the consolidation pressure created a higher 

honeycomb core pressures during the ramp than 

predicted by the model. . This would imply that 

doubling the consolidation pressure decreased the air 

permeability of the skin, however, the model does 

capture the honeycomb core pressure decrease 

during the dwell. This could be an artifact of the 

volume of gas that flowed through the skin to release 

the pressure in the honeycomb core. The gas flow 

could have created large pores within the skin, 

increasing skin air permeability. This however, 

requires further investigation.  

 

Comparing the oven and autoclave experiments 

identified that the process models are accurate when 

the total consolidation pressure is equivalent.  This 

correlation offers end-user the flexibility to 

characterize the honeycomb skin air permeability in 

an oven using a vacuum bag in order to find the 

necessary process model parameters for light 

positive pressure curing in a vented vacuum bag.   

  

All panels cured in this study (Figure 7 and   Figure 

8) were submerged in a hot water bath (described in 

section 0) after co-curing to verify that the panel was 

sealed at the edge and where the wires exited the 

frame. No leaks were caused by the wires before or 

after curing. If leaks were present during cure, the 

measured pressure would be expected to fall below 

the predicted pressure, which was not the case in 

Figure 7 or Figure 8. Although effective, a wireless 

pressure and temperature measurement solution that 

fits into a single honeycomb cell would be preferred 

in the future as an alternative to sandwiching wires 

between adhesive film and potting the wires in 

silicone at the edge of the panel.  

5  Conclusions 

Miniature pressure sensors were successfully 

embedded into lab-scale honeycomb sandwich 

panels with minimal sensor interference, and leaks 

were prevented along the wiring. The honeycomb 

panels were configured with impermeable boundary 

conditions at the panel edges to reproduce curing of 

large scale honeycomb structures in a laboratory 

environment. The embedded pressure sensors offer 

researchers a technique to measure the honeycomb 

core pressure for oven or autoclave co-curing when 

evaluating different material and process variables. 

The measured pressure response was compared to 

process models developed using characterization 

techniques where only the bag-side honeycomb skin 
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was considered. The honeycomb core pressure 

evolution during processing agreed with the process 

model predictions. In the cases of moisture–

absorbed by the honeycomb cores, variable vacuum 

and external pressures, the measured pressure 

response was captured by the process models. These 

results reinforce that material characterization and 

process modelling can be used to predict holistic 

phenomenon if intelligent assumptions are used. 

Neglecting the tool-side skin during characterization 

and modelling was an accurate assumption for large 

parts because gas flow is predominantly in the out-

of-plane direction.    

  

In the case of traditional autoclave processing, the 

external bag pressure can be much higher than an 

atmospheric pressure oven. As a result, the 

consolidation pressure applied to the honeycomb 

skin increases, reducing air permeability, causing the 

honeycomb core pressure to rise above the levels 

observed in VBO processing. However, the process 

models were accurate if the vacuum bag was vented 

to atmospheric pressure and the autoclave pressure 

was twice atmospheric pressure. In this case, the 

consolidation pressure is effectively the same as 

VBO processing. This inspires confidence in the 

models chosen to analyze the honeycomb pressure 

behaviour. The models accurately predict the 

honeycomb core pressure behaviour for any 

combination of vacuum and positive pressure that 

apply an equivalent consolidation pressure to the 

conditions used during material characterization. 
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6.4 mm
 

Figure 1. Miniature surface mounted pressure sensor 

from Measurement Specialties.  
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Figure 2. Cross-section schematic showing the 

sensor position and embedding technique.   

 

 

Figure 3. Embedding procedure: (a) honeycomb core 

with embedded pressure sensor in the centre, (b) 

adhesive film covering the core and sandwiching the 

wires, (c) tool-side skin with surfacing film and 

taped edges, and (d) bag-side skin with taped edges 

skin thermocouple and embedded sensor wires 

exiting the panel between sealant tape.  
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Figure 4. Cure cycle showing the measured skin 

temperature during oven cure and the viscosity 

profile of the adhesive film and epoxy resin.  
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Figure 5. Air permeability of the bag-side skin 

during processing. Key stages in the cure cycle are 

shown: A – the dry tows are saturated, B – the 

adhesive film gels and resin approaches minimum 

viscosity, and C – the resin gels. Each symbol 

represents a permeability measurement. A high and 

low bound was applied to the data. 
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Figure 6. Predicted and measured honeycomb core 

pressure during the vacuum hold prior to cure for the 

embedded sensor panels: (a) VBO trials and (b) 

autoclave trials. 
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Figure 7. Predicted and measured honeycomb core 

pressure during oven co-curing of honeycomb 

panels. The model captures the pressure behaviour 

with increasing moisture absorbed by the 

honeycomb core : (a) 1.59 wt. %, (b) 2.44 wt. %, 

and (c) 3.93 wt. %.  
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Table 1. Curing test matrix. 

Trial Cure type Core moisture 

content, MCCore 

(wt. %) 

Target 

consolidation 

pressure, ∆PSkin 

(mbar) 

Measured 

vacuum bag 

pressure  

(mbar)
d
 

Measured 

external bag 

pressure  

(mbar)
d
 

1 Oven
a
 1.59 1000 118 ± 23 1024 ± 1 

2 Oven
b
 2.44 1000 16 ± 4 1021 ± 2 

3 Oven
a
 3.93 1000 118 ± 23 1024 ± 1 

4,5 Autoclave
c
 2.44 1000 1017 ± 1 2028 ± 140 

6,7 Autoclave
c
 2.44 2000 99 ± 4 2028 ± 140 

a 
Cured together on the same tool in the same oven run 

b 
Cured on an identical tool, in the same oven, but a different oven run 

c 
All panels cured in the same autoclave run on separate tools 

d 
Average and standard deviation measured during cure 
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Figure 1. Predicted and measured honeycomb core pressure during autoclave co-curing: (a) vacuum bag 

vented to atmosphere and (b) vacuum maintained in bag. The model captures the core pressure trend when 

the vacuum bag is vented – equivalent consolidation pressure in (a) to VBO processing – but does not 

correlate when vacuum is maintained – since the consolidation pressure in (b) applied to the honeycomb skin 

is effectively doubled from Figure 7. 
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1 Introduction  

Engineered composite materials are widely used in 

many applications because of their unique properties 

and high performance, but long term property 

evolution in these functional material systems is still 

an active research area. Design and synthesis of 

these material systems requires a fundamental 

understanding of the material state changes due to 

the applied mechanical, thermal, and electrical 

fields. In the present work, we will present the recent 

development of a method to evaluate material 

integrity and durability by following the specific 

nature of material state change that leads to the 

failure of the material, using a unique experimental 

room-temperature, non-invasive interrogation 

technique. 

  

Composite materials should be designed as a 

material system, by selecting the constituents, their 

nano- and micro-morphology, and their interfaces in 

such a way that their action and interaction results in  

the functional ability to cope with their  applied 

environments.   During a history of applied fields, 

changes are induced in the properties of the 

constituents and in their interactions with each other 

due to progressive micro-damage, aging, or 

chemical degradation.  In previous work [1-6] we 

have shown some relationship between the local 

character of different morphology of heterogeneous 

materials and their response to applied conditions. 

Mechanical compliance reflects micro-damage, but 

it is not uniquely related to the specific nature of the 

damage. By contrast, generalized compliance to 

multiple fields could be used as a basis for specific 

analysis of damage and the prognosis of composite 

systems subjected to mechanical, electrical and/or 

thermally applied loads. In particular, we will show 

that compliance to AC electrical fields can be 

interpreted in terms of the details of local damage 

for progressive degradation in these material 

systems. 

2 Backgrounds for the Discussion 

Liu et al. in their recent study [1-6] considered  the 

dielectric effect of circular and elliptical embedded 

second phase (included) regions as a function of 

volume fraction, and orientation of the elliptical axis 

of the included phase with the vector direction of an 

applied electric field. For that calculation, the matrix 

material had negligible conductivity but significant 

permittivity, while the inclusion had small but finite 

conductivity and small permittivity (e.g. Fig.1). 

 

Fig.1. Configurations analyzed (bottom) and stored 

charge in terms of “effective permittivity” (top) for a 

two phase heterogeneous material. 

For bound charge or stored charge, a typical 

assumption is that the charge displacement is 
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proportional to the applied field, with the following 

notations commonly used as 

                                                  (1) 

                                            (2) 

where D is the charge displacement caused by the 

applied field E, o is the permittivity of vacuum,  is 

the relative permittivity of our heterogeneous 

material with real part ε’, ω is the frequency of 

harmonic changes in the applied field and σ is the 

real conductivity of the material. The resulting 

variation with increasing defect density shown in 

Fig. 1 is surprisingly nonlinear and generally related 

to the accumulation of defects caused by mechanical 

loading where size, shape, and orientation of cracks 

effects global compliance and creates local stress 

concentrations as they interact. To validate and 

apply this computational work, we choose a  woven 

glass/epoxy composite and investigated dielectric 

property changes with increasing micro-cracking 

induced by mechanical off-axis loading. 

3 Experimental Setup  

Fig.2. Schematic of the Experimental setup 

To perform the tensile extension of coupon 

specimens of the woven glass fiber reinforced epoxy 

coupons, strain was measured with an extensometer 

at the same time the electrical permittivity of the 

specimens was measured at a fixed frequency of 10 

Hz using a Novocontrol
TM

 unit to interpret data from 

the signal applied by specially designed plates fixed 

on opposing sides of the thickness of the specimen. 

4 Results and Discussion 

Dielectric spectroscopy results show that for the off 

axis samples, there is a generally decreasing trend in 

the real part of the permittivity with increasing strain 

as shown  in Fig. 3, over a wide frequency range. 

 

 
 

Fig.3. Real part of the electrical permittivity vs. 

frequency at different strain levels. 

 

In-situ dielectric measurements for a single 

frequency (10 Hz) showed a nonlinear change in the 

real part of the permittivity of the material system 

which is quite similar to the results of Liu et al. 

where the permittivity decreased  nonlinearly with 

increasing crack density, as shown in Fig.4. The 

glass/epoxy off-axis samples used here had near-

zero conductivity and larger permittivity induced by 

micro-cracking (which has nominal properties of 

ambient air i.e. lower permittivity) but small 

conductivity because of the presence of the moisture 

in the air in the crack volume.  

ICCM19 3819



 

3  

 
Fig.4. Real part of permittivity and load vs. strain 

and changing transmitted monochromatic light 

intensity with increasing micro-crack density. 

 

From equation (1) and (2) it is understandable that 

the permittivity depends on both conductivity and 

the real part of the permittivity of the material. And 

for low frequencies, as shown in equations (1) and 

(2), the effect of even a small value of conductivity 

can be substantially large. 

 

These changes in conductivity and permittivity in 

the material system are due to the non-conservative 

response to the applied field. So prognosis of the 

composite mainly depends of the properties of the 

fiber and matrix and the specific size, density, and 

orientation of the crack-density which can be 

predicted by analysis and directly measured by the 

permittivity of the system. 

 

. 

 

5 Conclusion 

We have outlined a generalized compliance method 

for the analysis of the specific nature of the 

progressive damage of composite materials, in 

support of better design and high performance. 

Generalized compliance directly reflects the material 

state changes, so it is an effective approach to the 

prognosis of material behavior when future 

applications of fields over time and history of 

loading are simulated.  
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1 Introduction  
Trimming is the first machining operation performed 
on composite structures after demoulding. However, 
the anisotropy and the highly heterogeneous nature 
of composite materials make their machinability 
very complex. In addition, regardless of the 
machining process used (conventional or non-
conventional) the phenomenon of the removal of 
material is followed by the appearance of damaged 
zones. This can lead to the non-respect of the 
machining quality (according to imposed industrial 
standards). These damaged areas are located on the 
free edges of the machined surface (uncut fibres/ 
flaking/delamination) and/or on the machined 
surface (uncut fibres, thermal and/or mechanical 
degradation of the matrix) [1,2]. When machining is 
conducted with a cutting tool such as in the case of 
conventional machining, the defects localized at the 
free edges are mainly influenced by the cutting 
forces. These forces are strongly affected by the 
cutting tool’s geometry, the cutting parameters, the 
tool wear, etc. Concerning the damages located on 
the machined surface, they are mainly affected by 
the relative angle between the cutting speed 
direction and the fibre direction of the machined 
composite material, the cutting parameters and also 
by the wear of the cutting tool [1,2]. 
In order to better understand the phenomenon behind 
the emergence of these damages and the different 
mechanisms leading to their creation, various 
research works have been carried out. These studies 
which are mainly based on the orthogonal cutting [3-

5] have shown that damages due to machining are 
mainly influenced by the relative angle (Ө) 
measured between the cutting speed direction and 
the fibres orientation. In this case, the maximum 
damage is observed when this angle (Ө) is at -45° 
and 90°. In addition, the severity of these defects 
increases with the increase of the wear of the cutting 
tool [2, 6-10], that is why, tools made of diamond 
and carbide, are highly recommended for machining 
composite materials [1].  
Different works in the literature have mentioned 
that, the generated defects are strongly related to the 
fibres’ direction [2-9]. This result is well observed 
during the orthogonal cutting [3-5]. The propagation 
of the delamination with the increasing of the tool 
wear is commonly observed during the drilling of 
composite materials [10-13]. Based on previous 
works [14-16], the fibre content and the 
manufacturing process of the composite part have an 
important influence on quality of the machined 
surface. 
In order to reduce damages during trimming of 
composite material processes of machining with the 
diamond cutter (ADS) and the abrasive water jet 
machining (AWJM) are recommended [17-19]. 
When AWJM is considered, the defects observed are 
striations on the exit of the water jet and craters on 
the machined surface. During the machining of 
metallic materials by AWJ process, authors in [20] 
have mentioned that these defects are affected 
mainly by the magnitude and the distribution of the 
kinetic energy. In addition, other experimental 
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works [17-19] have shown that the size of streaks 
increases with the distance from the water jet source. 
Currently, in the industrial field, during machining 
of composites materials, the parameter used for 
qualifying the machined surface is the arithmetic 
average roughness “Ra”. It is important to state that 
the “Ra” parameter is initially developed to qualify 
the machined surfaces of metallic materials. When 
considering composite materials, there is a conflict 
about the use of this parameter. Indeed, different 
works have shown contradictory results. For 
example, the mechanical tensile tests carried out on 
unidirectional (UD) samples made of glass fibres 
and epoxy resin and oriented at + 45 ° relative to the 
axis of loading [6], have shown that the tensile 
strength increases with the increase of the average 
roughness (Ra). However, the compressive 
mechanical tests conducted on UD specimens 
oriented at 0° (fibre direction in the same direction 
of the loading) [21] have shown that the stress 
failure decreases with the increase of the surface 
roughness “Ra”. In the work done by [22], the 
authors have investigated the effect of surface 
roughness on the quasi-static and fatigue behavior of 
short fibre reinforced plastics and found that the 
mechanical behavior (at the macro scale) of the 
composite part made of short fibres is not affected 
by the surface roughness.  
The authors [23-24] studied a multidirectional CFRP 
and made a comparison between the different 
machining processes: abrasive water jet (AWJ) 
machining, cutting with abrasive diamond cutter 
(ADS) and edge trimming with polycrystalline 
diamond (PCD). The authors have found that the 
abrasive diamond cutter provides better results in 
terms of roughness and bending mechanical 
resistance. The PCD specimens gave a good surface 
roughness (Ra) however they gave the poorest 
bending mechanical resistance. They also showed 
without providing extensive comments that the 
bending mechanical resistance of AWJ samples 
decreases with the increase of the average surface 
roughness (Ra). 
Therefore, the aim of this work is to investigate on 
one hand the influence of the trimming processes 
(conventional and non-conventional machining) on 
the induced damages and on the other hand the 
influence of these damages on the mechanical 
behavior. For this purpose, quasi-static tests 
(compressive and interlaminate shear tests) and 

fatigue tests (tension-tension) have been conducted 
on different composite specimens obtained with 
trimming with a burr tool and by ADS cutting 
process. Quasi-static tests are curried out on 
specimens obtained by a standard cutting tool (burr 
tool), an abrasive water jet machining (AWJ) and an 
abrasive diamond cutter (ADS). During the fatigue 
tests, an Infrared (IR) camera is used to estimate the 
endurance limit of the different composite samples. 
The effect of rectification on the quasi-static and 
fatigue responses is also investigated. 

2 Experimental procedures 

2.1. Material Preparation 

Carbon-fibre reinforced plastic (CFRP) composite of 
5.2 mm thickness (20 layers) was used for 
conducting the trimming study. The CFRP 
composite was made using unidirectional prepregs 
supplied by Hexcel Composite Company referenced 
under T700/M21-GC. The staking sequence of the 
laminate is [90/90/-45/0/45/90/-45/ 90/45/90]S so as 
to get a multidirectional laminate. This stacking 
sequence was chosen because it was demonstrated in 
[25] that edge delamination occur during 
compression tests .The curing process was then 
carried out at 180 °C for 120 min during which the 
pressure was maintained at 7 bar in an autoclave 
while the vacuum pressure is set to -0.7 bar. The 
mechanical properties of the ply are summarized in 
table 1. 

 
Composite 
Material 
(T700/M21) 
 

Ply thickness: 0.26 mm, 
Fibre content: Vf = 59% 
Staking sequence with respect to the 
feed direction: [90/90/-45/0/45/90/-
45/ 90/45/90]S 

Young modulus: El = 142 Gpa, Et = 
8.4 Gpa 
Shear modulus: G12 = 3.8 Gpa,  
Glass transition temperature: Tg = 187 
°C 
Energy release rates in mode I and II:  
GIC = 0.35 N.mm, GIIC = 1.21 N.mm 

Table 1 Summary of the material properties 

 

2.2. Samples preparation 

The composite specimens were prepared using three 
cutting processes, an abrasive water jet (AWJ)  a 
diamond cutter (ADS) and a standard cutting tool. 
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“JEDO technologies” company conducts the 
abrasive water jet machining. The machining 
parameters used were: 

- Abrasive particles: 220 mesh, 
- Abrasive flow rate: 300 g / min, 
- Nozzle diameter: 0.25 mm, 
-  Jet pressure: 3600 bar (cf. Table 1), 
- Feed speeds were chosen, 100 mm / min and 

500 mm / min. These two values generate 
two different surface qualities. 

Five specimens were prepared for each cutting 
condition and for each quasi-static and fatigue 
mechanical tests.   

ADS samples were obtained by a diamond saw 
(cutter) referenced under « DIAMFORCE JANTE 
CONTINUE-D100-AL19-GR 427 ». In order to 
study the impact of the rectification process on the 
mechanical behavior, some specimens initially 
obtained by ADS cutting were rectified. In this case 
a thickness of 0.5 mm is removed from each side of 
the sample. Also, five specimens were prepared for  
the compressive quasi-static mechanical test and a 
specimen is prepared for tensile fatigue test. 

The standard cutting tool machining experiments are 
performed using a “DUBUS" 3-axis milling machine 
with a maximum spindle speed of 75000 rpm. These 
experiments were conducted using different cutting 
conditions. However in this paper only specimens 
having similar roughness values as the abrasive 
water jet machining and ADS cutting plus a cutting 
condition where the surface roughness is very high 
(poor surface quality) are considered. Samples with 
similar roughness values are generated by different 
combinations of cutting speed, feed speed and 
cutting distance (Lc). Table 2 summarizes the 
trimming parameters and the experimental details 
for the specimens tested in quasi-static loading. Two 
specimens were prepared for fatigue tests. The first 
one is machined with a new tool with a cutting speed 
of 700 m/min and a feed speed of 500 mm/min in 
order to generate a good surface quality. The second 
specimen is machined by a used tool, after a 
machining distance of 2.5 m, a cutting speed of 1400 
m/min and a feed speed of 125 mm/min were chosen 
to generate a poor surface quality. 

 
 
 

Tool 
Tungsten carbide burr tool 

Diameter: 6 mm 

Standard cutting 
tool machining 

conditions 

V f : Feed (mm/min) : 125, 250 and 
500 

N: cutting speed (m/min): 350, 700 
and 1400 

ae : Radial depth of cut (mm) :  2 

Abrasive Water 
Jet Machining 

Abrasive # 220, diameter d: 67 µm. 

Nozzle diameter : 0.25 mm 

Flow rate of abrasive: 300 g/min. 

Vf (mm/min): 100, 500. 

Pression (bar): 3600 

 
Table 2    Tool geometries and trimming conditions. 

 

2.3. Surface defects characterization 

The machined surfaces were analyzed using two 
measurement devices. First a surface roughness 
tester “Mitutoyo SJ 500” was used to measure the 
surface roughness, the total measuring length was 
set to 5 mm to avoid overflowing. The second 
device is a 3D topographer “Altisurf 520”, which 
was used to perform the 3D measurements and 
surface roughnesses without contact. The Altisurf 
520 uses the principle of optical microscopy with 
confocal white light source. The wavelength was 
analyzed by a focused spectrophotometer analysis 
that measures the distance between the lens and the 
surface of the object. The measuring step was set to 
4 µm on both directions x and y. The results 
obtained with both measurement techniques were 
then correlated with a scanning electron microscope 
(SEM) images obtained using a scanning electron 
microscope“JEOL”. 

2.4. Mechanical experiments 

a) Static loading 

Mechanical quasi-static tests were performed on an  
MTS 322 tester with hydraulic jaws (Figure 1). The 
compressive and tensile tests were conducted 
following the standards AFNOR NF T 51-120-3, NF 
EN ISO 527-4 and AFNOR NF T 57-104 
respectively.  
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b) Fatigue loading 

The fatigue tests were conducted at room 
temperature using an equipped with hydraulically 
operated wedge grips. Specimens tested have been 
instrumented on the surface by an extensometer and 
an infrared camera.   

A FLIR SC5000 infrared camera with a pixel 
resolution of 320 x 240 and the temperature 
sensitivity inferior to 20 mK at 30°C at high speed 
frame rates (1 Hz to 150 Hz) was used to monitor 
the specimen surface temperature (Fig. 1). For our 
tests, a frequency of 5 Hz was used to record thermal 
dissipation. The camera was equipped with an 
integrated motorized lens and could be easily 
focused using ALTAIR-LI software. The rectangular 
plate specimen of the carbon/epoxy composite has 
an emissivity ε = 0.9. 

An extensometer was used to monitor the local 
strain allowing the calculation of the stiffness 
degradation of the specimen during the cyclic 
loading. These axial tension-tension fatigue tests 
were conducted in a load control environment using 
a constant amplitude sinusoidal waveform, a loading 
frequency of 10 Hz and a stress ratio of 0.1 at 
various maximum applied stress levels. These 
fatigue tests were conducted in progressive step 
cyclic loads ranging from 8% to 75% of UTS, each 
for 10000 cycles.  

The IR camera was fixed on a tripod and placed at a 
distance of 100 cm from the carbon/epoxy 
composite plate in order to capture stable images 
without any vibration (figure 1).   

From the IR temperature plots it was possible to 
evaluate the damage evolution and the endurance 
limit of the specimens [26] (Fig. 1). 

The deformation of the structure is usually followed 
by heat dissipation. When the material is deformed 
or damaged, a part of the energy necessary to the 
starting and the propagation of the damage is 
irreversibly transformed into heat [27-35]. In 
general, the endurance limit is obtained by Whöler 
curves (stress vs. cycles). This endurance limit can 
also be obtained from the temperature stabilization 
curves [29-30] by intersecting the two straight lines 
that interpolates the stabilization temperature and the 
corresponding stress level. 

 
Fig. 1. Experimental procedure for fatigue tests 

 

3 Results and discussion  

3. 1 Quasi-static tests 

Figures 2 show the results of compressive quasi-
static stresses obtained for different tests curried out 
on specimens obtained by the three machining 
processes and characterized by identical surface 
roughnesses. From these figures, it is noticed that 
the samples obtained by AWJ are characterized by 
higher compressive stresses than those of specimens 
machined by conventional machining processes 
(cutting tool or ADS). As an example, for specimens 
with an average surface roughness “Ra” of 6.4 µm, 
the compressive strength of specimens machined by 
AWJ are 21% higher compared to those of 
specimens machined by the ADS cutting (cf. fig 2).  
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Fig. 2. Compressive strength vs. surface roughness of 

different samples obtained by AWJ machining, burr tool 
machining and ADS cutting. 
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It is noticed that for the same surface roughness 
value the discrepancy between the compressive 
stresses of specimens machined with AWJ and those 
with burr tool is around of 15%. 

Also, it is noticed that the compressive strength of 
specimens obtained by AWJ is decreasing while 
increasing the surface roughness. However, for 
specimens obtained with a conventional machining 
(burr tool) a random evolution of the compressive 
strength is observed when increasing the surface 
roughness value (cf. fig.2). 

It is also observed that, smaller standard deviations 
are obtained when considering samples machined 
with the AWJ process. This reflects the good 
repeatability of the machined surfaces with the AWJ 
process.  

The differences in the mechanical behavior could be 
related to the form of the defects generated during 
the trimming process of the composite specimens. In 
fact, some shapes of damages can promote an 
important stress concentration that leads to the 
deterioration of mechanical properties. 

Figure 3 presents the defects obtained after trimming 
with conventional machining using a burr tool. It is 
observed that defects induced by the cutting tool are 
located mainly at the plies oriented at - 45 ° (Fig. 3).  

 

 
 

 
 

Fig. 3.  Form of the trimmed surface after machining with 
burr tool. (a) Image topography 3D. (b) SEM observation. 

 

These defects have the form of wrenched areas with 
different depths. These depths vary from 30 µm to 
70 µm (fig. 4) when the average roughness “Ra” 

varies form 6.4 µm to 19.8 µm. In addition these 
defects can be accompanied with inter-laminar (or 
intra-laminar) cracks. The presence of these cracks 
can explain the relatively small values of the 
compressive strength when considering conventional 
machining with a burr tool.  
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Fig. 4. Evolution of the roughness valley (Rv) versus the 

surface roughness (Ra). 
 

The defects generated after machining with the ADS 
cutting process have mostly the form of streaks (Fig. 
5). These streaks represent wrenched areas and 
follow the tool trajectory. They are caused by the 
random distribution of diamond grains with different 
sizes and shapes on the cutting face of the abrasive 
diamond cutter (ADS). The trajectory of the defects 
is linked to the cutting tool trajectory, and the fibre 
directions do not affect these damages. For this, the 
ADS defects are observed on the entire machined 
surface (Fig. 5-b) and the distinction of the different 
fibre orientations is impossible. The nature of these 
damages depends mainly of the feed speed (in this 
case, it is controlled manually by the operator) and 
the size of diamond grains. This can explain the high 
standard deviation of the results. The depth of these 
defects is around 30 µm. This value is smaller 
compared to those obtained on the trimmed surface 
by burr tool.  
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(b) 
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Fig. 5.  Machined surface obtained by ADS cutter. (a) 3D 
topography. (b) SEM observation. 

 
It was also observed that during the machining by 
AWJ, defects were in the form of streaks and craters, 
which are independent to the fibre orientation. 
Streaks appear at the exit of the machined surface 
and the craters over the entire machined surface (Fig. 
6). From the literature review it was mentioned that, 
the size of the streaks damages (length and width) 
decrease with the increase of the jet pressure [17-19]. 
This cutting process occurs by the erosion 
mechanisms and the produced damages are 
independent of the fibres orientation (cf. Figure 6-a) 
and appear periodically all over the surface. Getting 
repeatable defects all over the surface explains the 
small standard deviation obtained after the 
mechanical tests.  

 
 
 
 
 
 
 

 

 
 

Fig.6.  Machined surface obtained by abrasive water jet. 
(a) 3D topography. (b) SEM observation. 

 

In order to investigate the influence of the wrenched 
damages, five specimens machined by ADS are 
rectified, in order to remove the wrenched damages 
and to get a continuous surface, and tested in 
compressive quasi-static loading.  
 
Figure 7 represent the influence of rectification 
process on the failure stresses of compressive and 
inter-laminar shear tests. It is observed that, after the 
compressive tests, the rectified specimens present a 
failure stress 10% more compared to specimens 
without rectification. So the failure stress during 
compressive tests is strongly influenced by the size 
of the damages (depth of wrenched areas) induced 
by the trimming process. 
From the Figure 8-b, it is noticed that the 
rectification process has no influence on the inter-
laminar shear strength. It is can assumed that this 
type of solicitation is not affected by the wrenched 
areas defects. This may explain the fact that ADS 
machining process produces specimens with higher 
inter-laminar shear strength even with the presence 
of wrenched areas defects on its machining surfaces. 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 

Fig. 7.  Influence of the rectification process of specimens 
trimmed by ADS process on the compressive strength.  

 
3.2 Fatigue tests 
 
a) Damage analysis 
 
After the fatigue tests, the damage accumulation (D) 
is calculated. The damage accumulation represents 
the change in the ratio of dynamic stiffness (Ei) to 
static stiffness (E0) and is calculated by the 
following equation:  

Streachs (exit of the 
water jet) 600 µm 

(b) 

Streaks  

600 µm 

(b) 

(a) 

600 µm 5 mm  

191.5 µm  

2 mm  
Streaks (exit of 
the water jet)  

5 mm 

112.9 mm 

1 mm 

(a) 

(a) 

ADS specimens with rectification 

ADS specimens without rectification 
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The damage profiles versus the normalized cycles 
(N/Nf, where Nf =10000 cycles) obtained for a burr 
tool are shown in Figure 8. From this figure it is 
noticed that the accumulated damage is inferior to 
5% for loads below 24 kN (50% of UTS). When the 
load reaches 32 kN (67% UTS) the accumulated 
damage does not exceed 8%. However, when the 
applied load reaches the 36 kN (75% UTS) the 
accumulated damages is equal to 12.5%.   
 

 
 
 
 
 
 
 
 
 
 
 
 

 
 
 

Fig. 8.  Accumulation of damage obtained for a burr tool 
specimen under different loading amplitudes versus the 

normalized cycles (N/Nf) 
 

Similar tendencies were observed when considering 
the other machining processes specimens. In figure 
9, we represent the accumulated damages at the end 
of cycle for the different processes of machining.  
 

 
 

 
 
 
 
 
 
 
 
 
 

Fig. 9. Evolution of the damage at the end of the loading 
cycles as a function of the different loading charges. 

 

It is observed that, when considering the load of 36 
MPa (75% UTS) the specimen obtained by the ADS 
process and rectified specimen have the same rate of 
accumulated damages at the end of the loading cycle 
(around 8%). However, in the same condition, the 
trimmed specimens with a burr tool present more 
important accumulated damages (around 12%). It is 
also noticed that, whatever the quality of the 
machining surface after trimming by a burr tool, the 
accumulated damage of specimens subjected to 
fatigue test is 50% higher to the accumulated 
damage of other specimens made of ADS process.  
It is important to mention that the average roughness 
“Ra” obtained by both cutting processes, ADS 
cutting and by trimming with a burr tool (when the 
good surface quality is considered) are similar (cf. 
table 3). In this situation, the fatigue behavior for 
these specimens is different. In fact, it can be 
mentioned that, the criteria used today to qualify the 
quality of the machined surface is not adaptable 
(e.g., Ra, Sa, etc.) for the case of machining of 
composite materials. 
 

 Surface Roughness 

 
Burr tool –

good 
surface 
quality 

Burr tool –
poor 

surface 
quality 

ADS 
sample 

Rectificati
on 

Ra (µm) 8.89±1.71 38.64±6.69 8.87±1.96 1.47±0.16 
Rp (µm) 31.34±5.99 127.95±24.7 29.14±8.86 5.27±0.48 
Rv (µm) 31.66±8.41 86.88±16.15 28.86±10.15 8.51±3.84 
Rz (µm) 63.0±13.04 214.83±37.9 58±18.1 13.77±4.07 
Rt (µm) 86.92±23.13 265.69±39.1 74.01±32.19 19.08±7.65 

 

 Tab. 3. Surface roughness of all specimens 
 
3.3 Thermography analysis 
 
Figure 10 represents the surface temperature 
contours recorded by the IR camera during fatigue 
tests on specimen obtained with a burr tool 
(specimen with surface roughness Ra = 8.89 µm). 
From these pictures it is observed that the 
temperature remains constant throughout the surface 
for loads less than 16 kN (T = 27~29 °C) (Fig. 10-a). 
With the increase of loading and until 28 kN, the 
temperature increases moderately for each step of 
loading (T = 30~40 °C) (Fig.10 b). However, when 
the loading is increased by 4 KN to reach 32 kN an 
important increase of the temperature is noticed (T =  
50°C) (Fig.10 c). This temperature continue 
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increasing highly until the final rupture (T =  70 °C) 
(Fig. 10 d). 
 
 

 
 

 
 

Fig. 10. Temperature contours for specimen machined 
with burr tool (Ra = 8.89 µm). With cutting speed of 700 
m/min, feed speed of 500 mm/min and loading of: (a) 16 

kN, (b) 28 kN, (c) 32 kN. (d) 36 kN. 
 
Figure 11 shows the evolution of temperatures for 
different loads during fatigue tests on specimens 
machined with burr tool (roughness Ra of 8.89 µm). 
This variation on the temperatures is due to the 
thermo-elasticity of the material and the friction 
between the layers (i.e. fibres/fibres and/or 
fibres/matrix). It is observed that, two stages for the 
temperature evolution were distinguished. In the first 
stage, an important increase is observed, in the 
second stage, the temperature reaches a balance due 
to the saturation in the damage. With the increase in 
loading, the rate of the damage and the frictions 
become more important. This stability is followed 
by an abrupt increase of the damage and temperature 
of the specimen corresponding to the rupture [26]. 
For the final load the saturation is not reached. 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
Fig. 11. Evolution of temperature as a function of the 

normalised cycle (N/Nf) for standard cutting tool 
machining sample. 

 
The evolution of the temperature obtained at the end 
of the loading cycle as a function of different loads 
and for different specimens is presented on Figure 
12. It is noticed that specimens obtained with a burr 
tool, have the same behavior and that their 
maximum temperatures before the total fracture are 
around 70 °C. These temperatures are higher 
compared to those measured during fatigue tests on 
specimens machined by ADS process. In this case, a 
difference around 40% when we consider the ADS 
specimen without rectification and 23% when we 
consider the ADS specimen with rectification is 
obtained.  
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Fig. 12. Evolution of the temperature at the end of the last 

cycle in function of the applied loading. 
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3.4 Endurance Limit Investigation 
 
From the literature review [22], the endurance limit 
is obtained by Whöler curves (stress vs. cycles). 
This endurance limit can also be obtained from the 
temperature stabilization curves [29-30] by 
intersecting the two straight lines that interpolates 
the stabilization temperature and the corresponding 
stress level. The profile of ∆T at 10000 cycles for 
different loads and for the specimen machined by 
ADS process represented on the Figure 13. In this 
situation, the endurance limit is estimated to 198.4 
MPa. 
 

 ∆T= Tf - T0                                                           (2) 
 

 
 

Fig. 13. Temperature variation vs. stresses for the ADS 
specimen with rectification. 

 
However for rectified ADS specimen the endurance 
limit is improved by 7.5%. This improvement is 
even higher when considering the specimen obtained 
by a burr tool with a surface roughness similar to 
ADS cutting specimen. In this case a variation of 
14% is observed. Even when considering the 
specimen obtained by a burr tool and having a high 
surface roughness (Ra = 38.64 µm) the endurance 
limit is higher to ADS cutting (10%) (Fig. 14).  
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Fig. 14. Endurance limit vs surface roughness for 
different specimens. 

 
 

4. Conclusions 
 
In this paper, the effect of machining process, 
conventional machining (burr tool and abrasive 
diamond cutter (ADS)) and non conventional 
machining (abrasive water jet (AWJ)), on the 
mechanical behavior of composite parts made of 
carbon/epoxy is investigated. The following 
conclusion can be drawn: 
 
1- The compressive quasi-static tests showed that 
specimens machined by the AWJ process present a 
failure stress in compression 10% more important 
compared to other specimens machined by (ADS 
and burr tool).Therefore mechanical behavior is 
highly affected by the choice of the machining 
process.  
2- The same surface roughness parameters (Ra, Rp, 
Rv, act.) can be obtained by different machining 
processes. However the form of the defects is 
completely different from one machining process to 
another. 
3- The rectification process conducted on specimens 
trimmed by ADS process confirmed that the removal 
of the wrenched areas improve the compressive 
strength.  
4- The Fatigue tests carried out on various 
specimens trimmed by different machining 
processes show that the higher endurance limit 
corresponds to those trimmed by a burr tool. This 
result remains true for any quality of the machined 
surface. In addition, we have noticed that the 
rectification process improves the endurance limit of 
ADS specimens (7.5%). 

Rectified 
specimen 

ADS 
cutting 

Burr tool- good 
surface quality 

Burr tool- poor 
surface quality 

ICCM19 3829



5- The results above confirm that surface roughness 
criteria are not recommended for the machining of 
composite materials. It had been seen that specimens 
obtained by a burr tool and with deferent levels of 
surface quality (Ra = 8 µm, Ra = 38 µm), offer 
similar results of the endurance limit. In addition, 
the specimens obtained by the ADS process offer a 
lower endurance limit (15%) for the same surface 
roughness as specimens trimmed by the burr tool 
process.  
6- The compressive quasi-static tests showed a 
higher compressive strength for ADS specimens, 
however, in tensile-tensile fatigue test, the 
specimens machined by a burr tool have the highest 
endurance limit. Therefore in addition to the 
machining process, the type or even the mode of 
mechanical loading can affects highly the 
mechanical response.  
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1 Introduction  
Polymer foam cored sandwich structures are 
frequently exposed to elevated temperatures. For 
example, a temperature of 85⁰C has been recorded 
on the surface of wind turbine blades [1]. The 
elevated temperatures induce significant degradation 
of the mechanical properties of polymer foams [2]. 
Furthermore, a temperature gradient may be 
introduced through the thickness of the core if only 
one face sheet is exposed to a heat source such as 
with solar radiation, thereby imparting 
inhomogeneous mechanical properties to the 
polymer foam in the through thickness direction. 
The overall structural performance of the sandwich 
structure suffers from thermally induced degradation 
of the core. Analytical models [3, 4] have predicted 
a change in the mechanical behaviour from linear 
and stable to nonlinear and unstable due to the loss 
of core stiffness at elevated temperatures.  Although 
this prediction has not been experimentally validated, 
it has aroused concerns on the performance of 
sandwich structures at elevated temperatures. 
Thereby, a detailed experimental study is required to 
confirm the thermomechanical interaction effects. 
 
The work presented in the present paper comprises 
an experimental investigation on the influence of 
elevated temperatures on the stability of sandwich 
structures. Initial tests were conducted with 
sandwich beams subjected to a simultaneous three-
point bending and a through thickness temperature 
gradient, i.e. the same arrangement as in [3]. 
Infrared thermography (IRT) was used to obtain the 
temperature field and digital image correlation (DIC) 
to obtain full-field specimen deformation. It was 

shown that localised indentation resulting in material 
failure was the only failure mode achievable in the 
three-point bending configuration. Hence, a four-
point bending configuration was adopted. This had 
the added benefit of allowing a uniform temperature 
across the specimen length near the mid-span. A 
high-speed camera was used to view the 
development and evolution of face sheet wrinkles. A 
shift of the specimen failure mode from face sheet 
yielding to wrinkling is observed as the specimen is 
exposed to rising temperatures. 

2 Experimental investigations using three-
point bending   

2.1 Experimental arrangement  

The three-point bending configuration is shown in 
Fig. 1. Sandwich beam specimens were made using 
a 25 mm thick PVC foam core (Divinycell H100, 
Sweden) and a 0.9 mm thick aluminum alloy face 
sheet (AA6082-T6). The temperature dependence of 
the elastic properties on the Divinycell H100 has 
been investigated in [2, 5], which shows that at 90⁰C 
there is more than a 50% reduction in the room 
temperature elastic modulus. Aluminium alloy was 
selected as the face sheet material because of its 
large heat conductivity and because that its stiffness 
and strength are virtually independent of 
temperature over the range applicable in the current 
work. A long support span of 450 mm was initially 
selected to eliminate specimen failures by core shear 
yielding.  
 
The elevated temperature was introduced by heating 
the upper surface of the specimen using an infrared 
(IR) lamp, while maintaining the lower face sheet at 
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ambient temperature. To reduce the width-wise 
temperature gradient, insulation in the form of 
additional PVC foam was placed on both sides of the 
specimen. To assess the temperature distribution 
through the core thickness, images of the specimen 
side were collected by a Cedip Silver 480M IR 
detector. A linear temperature profile through the 
core thickness was observed [6].   
 
The mechanical load was introduced using a servo-
hydraulic test machine via a 12 mm diameter steel 
roller in the centre. The mechanical bending load 
was applied after the specimen had been heated to a 
steady state. Before measuring the deformation it is 
necessary to remove the foam insulation from the 
side of the beam under observation by the camera. 
The bending load was applied by moving the 
actuator at a rate of 20 mm/minute so that during the 
test the temperature gradient through the core 
thickness remained close to as linear as possible.  

 
(a) 

Actuator

Load cell

Infrared lamp

Specimen

Insulation

 
(b) 

Fig. 1: (a) loading configuration of the three-point bending 
experiment; (b) experimental arrangement.  

The specimen deformation was assessed using 
digital image correlation (DIC [7]). As the specimen 

was loaded, images of the specimen side surface 
were captured with a 5 mega pixel LA Vision VC-
imager E-lite digital camera (with a frame rate of 2 
Hz) fitted with a 105 mm Sigma lens. The side of 
the specimen was sprayed with random black and 
white paint to form speckles for facilitating image 
correlation. The DIC algorithm tracks the movement 
of the speckles relative to a reference image, hence 
providing a full-field assessment of the specimen 
deformation. Images were recorded synchronously 
with the load data, and the image captured at zero 
load was used as the reference image. The image 
correlation was conducted in subsets with a size of 
64 × 64 pixels. The displacement accuracy was 
verified as about 0.02 pixel by performing image 
correlation between two images at zero load. A 
typical z direction (through thickness) displacement 
field obtained using DIC is shown in Figure 3.  It is 
seen that the largest displacement occurs at the mid-
span, and the displacement decreases symmetrically 
towards the two ends of the specimen. 
 

 

Fig. 2: A displacement field obtained by DIC in the elastic 
region. 

The test procedure was defined as follows:  
1. The sandwich specimen was positioned on the 

three-point bending jig. The white light camera 
was positioned to record the specimen side 
images. The insulation foam blocks were 
positioned.  

2. The top face sheet of the specimen was heated to 
a required temperature and held until a steady 
temperature state was achieved, established by 
thermocouple readings from the top face sheet.  

3. The insulation was removed on one side to 
enable images of the specimen deformation to 
be obtained. 

4. The load was applied in displacement control at 
a rate of 20 mm/min until the specimen failed. 
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Images of the specimen side surface and the load 
(P) were recorded at 2 Hz.  

2.2 Test results and discussion 

A set of tests was conducted where the top face 
sheet of the specimens was held at 25⁰C, 50⁰C, 70⁰C 
and 90⁰C, and the deflection of the top face sheet at 
the mid-span was measured using DIC. The load-
deflection curves are shown in Fig. 3(a). All the 
load-deflection curves start with a linear trend. The 
gradient of the curve reduces as the top face sheet 
temperature increases. This is due to the loss of the 
core shear modulus at elevated temperatures 
resulting in a larger shear deflection. Indentation is 
accompanied by a reduction in load where the core 
is crushed followed by face-core debonding, as 
depicted in Fig. 3(b). A comparison between the 
prediction from a geometrically nonlinear but 
material linear elastic FE model and the 
experimental results is shown in Fig. 4; full details 
of the FE model is given in [8]. The linear part of the 
load-deflection curves derived by the FE model 
agrees well with the corresponding experimental 
results. The load-deflection curve obtained by FE 
extends to the stage that load-deflection gradually 
becomes nonlinear, indicating the occurrence of the 
localised buckling of the top face sheet at the mid-
span (eventually leading to instability for core and 
face materials with infinite straining capability). It is 
clearly shown that the nonlinear behaviour predicted 
by the HSAPT model (driven by geometric 
nonlinearity combined with a reduction of core 
stiffness with increasing temperature), is in all cases 
preceded by the indentation with core compressive 
yielding (plasticity). For this particular specimen, 
the failure load by localised indentation is 
approximately 1/5 of the load that triggers localised 
buckling. To provoke the localised buckling it would 
be necessary to increase the support span of the 
current sandwich beam specimen by over 5 times. In 
this case the value of P that triggers the indentation 
remains the same but the value of P provoking the 
localised buckling is 5 times smaller, thus the 
predicted localised buckling may be experimentally 
observed. However, manufacturing sandwich beam 
specimens with such a large aspect ratio is difficult 
and testing would require a bespoke facility.  

 
(a) 

    
(b) 

Fig. 3: Test results. (a) load-deflection of sandwich beam 
specimens tested at different temperatures; (b) image of 
indentation zone in a typical failed sandwich beam specimen 

 
Fig. 4: Top face sheet load-deflection curves comparing 
experimental and elastic FE results.  

An alternative approach which can provoke the loss 
of stability using practically sized sandwich beam 
specimens is to introduce a distributed transverse 
pressure load rather than the concentrated transverse 
load. In this case, a large bending moment can be 
generated for the specimen without the indentation. 
The distributed pressure could be introduced by 

Localised buckling 
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using loading pads such as rubber blocks positioned 
between the loading rollers and the specimen 
surfaces. However, the loading pad would mask the 
central heating zone which is the location of interest 
(i.e. at the mid-span).  
 
Therefore it was decided to adopt a four-point 
bending configuration, as the beam section near the 
mid-span is theoretically subjected to a pure bending 
with a uniform bending moment. Thereby, the 
localised buckling should occur in the region 
between the loading points. The transverse load can 
be introduced through loading pads and the shape of 
the pressure load underneath the loading pad does 
not exert a significant influence on the bending 
behaviour of the specimen near the mid-span, thus 
an accurate characterization of pressure load 
underneath the loading pad is not required. 
Additionally, introducing a uniform elevated 
temperature across the face sheet near the mid-span 
is very convenient as the heat radiation from an 
infrared lamp is not masked by any parts of the four-
point bending jig.  

3 Experimental investigation using four-
point bending   

3.1 Experimental arrangement  

The loading configuration and photograph of the 
four-point bending experiment are shown in Fig. 2. 
The specimen material is similar as that used in the 
three-point bending test except here the face sheets 
are made from aluminium alloy AA7075-T6 which 
has a larger yield strength enabling a specimen to be 
designed, where wrinkling occurred before face 
sheet yielding, that fitted the size limitations of a 
standard test machine. The specimen was also 
designed with a large aspect ratio to eliminate core 
shear failure. The length of the specimen was 
selected to be 600 mm. The thickness of the face 
sheet and core were chosen to be 0.3 mm and 15 mm, 
respectively. The width was chosen as 50 mm which 
is 3.2 times the beam thickness and 1/12 of the beam 
length, thus a near uniform beam flexure through the 
width is guaranteed. The loading span L1 and L2 
were chosen to be 275 mm and 100 mm, 
respectively. To avoid localised indentation, loading 
pads composed of a 6 mm thick rubber block and 1 
mm thick aluminum face were used to distribute the 

loads on the top face sheet (see insert in Fig. 5(b)). 
The pads were firmly bonded on the top face sheet 
of the specimen using the adhesive Araldite 2000. 
The specimen was heated in the same way as for the 
three-point bending and a linear temperature 
gradient through the core thickness was also 
observed. Tests were conducted with the top face 
sheet temperature held at 25⁰C, 50⁰C, 70⁰C, 80⁰C 
and 90⁰C, and DIC was used to assess the 
deformation measurement. To capture face sheet 
wrinkles, a PHOTRON FASTCAM SA5 camera 
with a frame rate frequency of 60 kHz was used.  

 
(a) 

 
(b) 

Fig. 5: Four-point bending experiment. (a) loading 
configuration; (b) actual set-up.  

3.2 Test Results and discussion  

Specimens tested at all temperatures failed by a 
sudden collapse, where the core near the mid-span 
was locally crushed accompanied by the face sheet 
folding into the core, as shown in Fig. 6(a). The 
measured load-deflection curves are shown in Fig. 
6(b), where the horizontal axis represents the 
deflection of the top face sheet at the mid-span and 
the vertical axis represents the load P. The legend 
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shows the top and bottom face sheet temperatures 
for each test. Fig. 6(b) shows that the overall 
stiffness reduces with the increase of the top face 
sheet temperature. This is as expected because at 
elevated temperatures the shear deflection is larger 
due to the reduction in the core shear modulus value. 
Similarly, the maximum load also decreases with 
rising temperatures and the reduction is very 
significant between 70⁰C and 90⁰C.   
 
A comparison between the experimental values and 
analytical predictions with respect to the failure load 
is shown in Fig. 7, which shows the stress of the top 
face sheet at the failure load against temperature of 
the top face sheet. The blue line represents the yield 
strength of the aluminium face sheet that was 
experimentally obtained by tensile tests. The red line 
represents the critical wrinkling stress obtained by a 
modification of Plantama's wrinkling analysis [9]. 
Fig. 7 shows a good agreement between the 
experiments and analytical predictions, where the 
specimen failure is initiated by face sheet yielding at 
25⁰C, 50⁰C but by face sheet wrinkling (instability) 
at temperatures higher than 70⁰C.  
 

 
(a) 

 
(b) 

Fig. 6: (a) Final failure shape of the specimen; (b) load-
deflection curve of sandwich beam specimen at different 
temperatures 

 
Fig. 7: Comparison between the predicted failure stresses 
and the experimental results 

To further examine the occurrence of face sheet 
wrinkling for the specimen tested at 70⁰C and 90⁰C, 
high-speed imaging was used to observe the face 
sheet wrinkling wave prior to the collapse of the 
core. Images of the specimen deformation were 
recorded using the PHOTRON FASTCAM SA5 
camera at a frame rate of 60 kHz. DIC was 
conducted on these images to obtain the full field 
displacement of the specimen to assess the failure 
progress. Fig. 8 shows the specimen displacement in 
the z direction at the initiation of the specimen 
failure, which is overlaid on an image of the 
specimen. Here, the image collected just (17μs) 
before the image shown in Fig. 8(a) is defined at 
time 0, as no inhomogeneous or wavy deformation 
was observed. The images shown in Fig. 8(a) and 
Fig. 8(b) are the next two that were captured at 17 μs 
and 34 μs, respectively. The z direction displacement 
map clearly shows that the specimen failure started 
from triggering a wavy deformation of the top face 
sheet. 
 
The magnitude of the wavy displacement of the top 
face sheet is plotted in Fig. 9. It is observed that, at 
17 μs, the displacement of the top face sheet was in a 
very regularly sinusoidal shape, which indicates that 
the face sheet buckled and the deformation was still 
in the material elastic region. However, at 34 μs, the 
wavy displacement of the top face sheet became 
very irregular, where the magnitude at the wave 
crest is much larger than the wave trough. This 
indicates that core crushing occurred underneath the 
face sheet at the position of wave crest due to the 
large z direction compressive stress resulting from 
the wavy deformation of the face sheet. The core 

Yielding Wrinkling 
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crushing was then followed by the face sheet failure 
by folding into the core which results in a total 
collapse of the beam specimen, as shown in Fig. 6(a).  
Hence, the wavy deformation of the face sheet 
which represents the occurrence of wrinkling was 
successfully observed using high-speed imaging 
combined with DIC. The wavy deformation 
triggered a very quick core crushing (within tens of 
μs) and this makes high-speed imaging essential for 
capturing the wrinkling behaviour.  

 
Fig. 8: z direction displacement contour of the specimen at 
time 17μs and 34 μs.  

 
Fig. 9: z direction displacement of the top face sheet at time 
17μs and 34 μs.  

The face sheet wavy deformation shown in Fig. 8  
was not only observed for the specimens tested at 

70⁰C, 80⁰C and 90⁰C, but also for the specimens 
tested at 25⁰C and 50⁰C. However, this does not 
contradict the prediction shown in Fig. 7 that the 
specimen failure at 25⁰C and 50⁰C should be 
initiated by face sheet yielding. This is because 
when yielding occurs in the face sheet there is a 
significant reduction in stiffness which in turn 
provokes the wrinkling instability.  To confirm this 
hypothesis, the compressive strain of the top face 
sheet just before the specimen collapse was 
measured. Image correlation was conducted on the 
images recorded through the entire loading process 
by the LA Vision VC-imager E-lite digital camera. 
As the compressive strain of the top face sheet over 
the span L1 is theoretically uniform, the average x 
direction strain over a length of 50 mm near mid-
span was obtained for a better strain precision. The 
stress-strain states of the top face sheet of sandwich 
beam specimens before collapse are marked by the 
triangular symbols in Fig. 10. The curves in Fig. 10 
are from tensile tests on the aluminium face sheet 
tested at different temperatures. It is assumed that 
the compressive behaviour of the aluminium alloy is 
identical to the tensile behaviour. Therefore for a 
convenient comparison, the compressive stress and 
strain of the face sheet are shown as positive in Fig. 
10. 

 
Fig. 10: The stress-strain state of the face-sheet of sandwich 
beam specimens before core collapse 

From Fig. 10, it can be clearly seen that for the 
specimen tested at 25⁰C, the top face sheet has 
yielded before the specimen collapse. For the 
specimens tested at 70⁰C and 90⁰C, the top face 
sheet is still in the linear deformation region when 
the specimen collapses, which indicates the 
specimen failure is triggered by wrinkling 

Face sheet stress-strain 
state before collapse 
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(instability).  For the specimen tested at 50⁰C, before 
specimen collapse the top face sheet has yielded but 
by a very small amount, hence 50⁰C is near to the 
temperature where the failure mode of the specimen 
shifts from face sheet yielding to wrinkling. All 
these observations agree very well with the failure 
mode prediction as shown in Fig. 7.   

4  Conclusions  
The influence of elevated temperatures on the 
stability of polymer foam cored sandwich structures 
has been studied experimentally using both three-
point bending and four-point bending loading 
configurations. High-speed imaging combined with 
DIC was used to capture the onset of wrinkling. It 
was demonstrated that: 
1. The typical three-point bending configuration 

with concentrated transverse load causes 
localised indentation due to the material 
plasticity rather than the elastic instability in the 
form of localised buckling of the face sheet as 
predicted in [3]. However, particular attention 
needs to be paid on the elastic instability if the 
sandwich beam specimen has a very large length 
to thickness aspect ratio. 

2. By using a four-point bending configuration 
with distributed pressure load, the wrinkling of 
sandwich beam specimens at elevated 
temperatures was provoked. Only one wrinkle 
was observed using high-speed imaging and 
DIC. The wrinkle triggers the core and face 
sheet yielding and following that total collapse 
of the sandwich beam in tens of μs. 

3. For the particular sandwich beam specimen, the 
failure mode shifts from face sheet yielding to 
wrinkling at 58⁰C. The failure load by wrinkling 
at 90⁰C is about 30% less than the failure load 
by face sheet yielding at room temperature. 
Thereby, the thermomechanical interaction 
effects in polymer foam cored sandwich 
structures should be implemented in relevant 
design and analysis.  
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Abstract 

 
 Manufacturing and mechanical properties of 

three-dimensional (3D) jute fabrics composites were 

investigated in current research. Jute fiber yarns were 

used to weave orthogonal 3D preforms by a modified 

Dobby loom. The fiber yarns were treated with sizing 

agent to improve strength, so that, the yarn can be used 

to weave as a 3D orthogonal fabrics by the loom. The 3D 

fabrics after woven have been treated with an alkaline 

solution to remove oil and wax which inhibited by the 

fibers. After alkaline solution treatment, the fabrics were 

impregnated with epoxy and polylatic acid (PLA) resin 

to form 3D orthogonal jute fabric composites. The 3D 

jute fabric composites were tested by tension, compression, 

and three-point bending force on a material test system 

(MTS 810). The strengths, modulus and failure modes 

of the composites after testing were discussed in the 

study. Also, an Izod machine was used to estimate the 

impact energy of the 2D and 3D jute composites. 

The 3D orthogonal jute fabric composites have 

better flexure strength than the 2D plain jute fabric 

composites. Furthermore, the 3D orthogonal jute 

composites have good energy absorption during bending 

and impacting. 

 

Introduction 

 
 Natural fiber composites are emerging as 

realistic alternatives to glass reinforced composites in 

many applications since the 1990s. Many natural 

fiber composites, which consist of natural fibers as 

reinforcements and a polymer-based resin as a matrix 

material, are proposed. Natural fibers such as hemp 

[1], bamboo [2] and kenaf [3] are light, strong, 

renewable, environmental friendly and cheap. Many 

attempts that use the natural fibers practically have 

been performed. For example, hemp fiber/epoxy, flax 

fiber/polypropylene (PP), and kenaf/PP are 

particularly attractive in automotive applications due 

to lower cost and lower density. For general, glass 

fibers used for composites have density near of 2.6 

g/cm
3
 and cost about $1.5/kg.  However, flax fibers 

have a density of 1.55g/cm3 and cost between $0.2 

and $1.2/kg [4]. Natural fiber composites are, also, 

claimed to offer environmental advantages such as 

reduced dependence on non-renewable energy/ 

material sources, lower pollutant emissions, lower 

greenhouse gas emissions, enhanced energy recovery, 

and end of life biodegradability of components. Since, 

such superior environmental performance is an 

important driver of increased future use of natural 

fiber composites, a thorough comprehensive analysis 

of the relative environ- mental impacts of natural 

fiber composites and conventional composites, 

covering the entire life cycle, is warranted [5]. Many 

researchers concerned about natural fiber compound 

with thermal and biodegradable polymer [6-7]. They 

used short natural fibers as reinforcement. Few 

articles concerning about using a fabric type of 
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natural fiber as a reinforced material. Therefore, we 

attempted to use a three-dimensional structure of jute 

as reinforcement. To create a 3D natural fiber 

composite that has good mechanical properties like 

as the common used glass fiber reinforced plastics. 

The manufacturing techniques of 2D plain jute fabric 

and 3D orthogonal jute fabric reinforced epoxy and 

PLA composites are discussed in this paper. The 

tensile, compressive, bending, and impacting 

properties were, also, performed in the current study. 
 

1. Experimental 
 

1.1 Materials 

 Commercial products of 2-D plain jute fabrics 

(13 picks/inch, 15 ends/inch and five count/yarn) 

were used to reinforce epoxy and PLA resin to get a 

referred material. A jute yarns with count of 3 were 

used to weave 3-D fabrics. The epoxy resin system 

(AW 56A and AW56C, Yi-Bo Chemical Co. Ltd., 

Taiwan) and PLA chips (NCP0004, Wei Mon 

Industry Co. Ltd., Taiwan), were used as matrix 

materials. The epoxy resin which has low velocity 

and can be cured under room temperature is 

beneficial for the manufacturing of 3D jute/epoxy 

composites. Sodium hydroxide was used to purify the 

jute fibers.  
 

1.2 Treatment of jute fibers 

 Prior to weaving process, the jute fibers were 

treated with starch to improve the fiber strength 

which should be resisting the weaving force. After 

the weaving process, jute fabrics were treated with an 

alkali solution in a canister. The fabric to 2 wt. % 

Na2SO3 and 5 wt. % NaOH solution ratios was 1:2:10 

by weight. The treating temperature was 120
o
C for 

60 min. The 3D fabrics were then washed in a tank 

for 60 min to remove chemical residues until a fabric 

pH of about 7 was obtained.  

1.3 Fabric weaving 

 Two types (2D plain and 3D orthogonal) of 

jute fabrics were used in the current experiment. 

Schematics of the fabrics are shown in Fig. 1. As 

shown in Fig. 1(b), the 3D preform has three sets of 

yarn which vertical to each other, it called orthogonal. 

Due to the orthogonal structure of the preform, a 

Dobby loom had been modified to weave the preform 

[8]. The weave pattern of the 3D orthogonal fabric is 

shown in Fig. 2. Each yarn in x- , y-, and z-direction 

should be tension controlled well by a yarn supplied 

system which differs from a conventional warp beam. 

The good weaving of 2D plain jute fabrics and 3-D 

orthogonal jute fabrics are shown in Fig. 3(a) and 

3(b), respectively. The fabric densities of 3D 

fabric are 22 ends per inch in x-direction, seven 

ends per inch in y-direction and 14 ends per inch 

in z-direction. The thickness of 3D fabric is 3.2 

mm. 

1.4 Composites manufacturing and testing 

 Four composites, 2D plain jute fabric 

reinforced epoxy (2D/epoxy), 3D orthogonal jute 

fabric reinforced epoxy (3D/epoxy), 2D plain jute 

fabric reinforced PLA (2D/PLA), and 3D orthogonal 

jute fabric reinforced PLA (3D/PLA) were made in 

the experiment. The manufacturing process of 2D 

and 3D jute fabrics reinforced epoxy composites is 

illustrated in Fig. 4. All the jute fabrics should be 

dried in an oven for 24 h at 90
o
C prior to the resin 

impregnation. For the manufacturing of 2D/epoxy 

composites, five 2D plain jute fabrics were 

impregnated the epoxy resin by hand lay-up method. 

The impregnated 2D fabrics were vacuumed for two 

hours to release void and cured at hot-press machine 

under 60
o
C for two hours and 90

o
C for two hours. 

The post cure temperature is 120
o
C for two hours 

under a press of 50 psi at the hot-press machine (Fig. 

5). For the manufacturing of 3D/epoxy composites, a 

resin dipping tank, which is a box made by release 

paper, was used to impregnate with the resin. The 3D 

jute fabrics were dipped into the epoxy compounds 

solution in the tank for one hour and then vacuumed 

for two hours. The curing process was carried out in 

according to fig. 5. Firstly, we set the tank in an oven 

with vacuum under 60
o
C for two hours. Secondly,   

we changed the impregnated 3D fabrics in a mold, 

covered with a steel panel to flat the composite under 

90
o
C for two hours. Finally, the impregnated 3D 

fabrics were cured under 120
o
C for two hours to 

finish the 3D/epoxy composites manufacturing.      

 However, the mentioned technique for epoxy 

based composites cannot be used to make 

thermoplastic composites. The process of making 

jute/PLA composites is shown in Fig. 6. Resin film 

molding method has been performed to make the 

2D/PLA and 3D/PLA composites. In the PLA film 

preparation, thirty grams of PLA chips were molded 

to film with one mm in thick on a hot press machine 

under 190
o
C for three minutes. Not only the jute 

fabrics (2D and 3D) but also the PLA films should be 

preheated in an oven at 60
o
C for 24 hours prior to the 

stacking process. Fig. 7 shows the stacking sequence 

for the making of 2D/PLA composites. Eight PLA 

films and five 2D plain jute fabrics were stacked and 

heated under 190
o
C for 3 minute on the hot press. 

Each layer of fabric coved with one layer of PLA 

film excluded the middle layer of plain jute fabric.  

There were two PLA films covered with up and 

down the middle layer. For 3D/PLA composite, the 

3D orthogonal jute fabric was stacked between 12 

layers of PLA films (Fig. 8). The stacked materials 
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were set in a mold and heat by a compression 

molding press at 190
o
C for three minimums at 700 

PSI pressure. Cooling was done under the same 

pressure by placing the molding between the two 

cold plates on which set the pressure. All the 

composites are A4 size. The composite thickness was 

controlled at 3.5 mm by a mold. A shown in table 1, 

the weigh contents are about 32% and 30% for 2D 

and 3D composites, respectively. The void content 

was 3% for the 2D composite and 4.2% for the 3D 

composite. The 2D/epoxy, 3D/epoxy, 2D/PLA, and 

3D/PLA composites are, also, shown in figure 9(a) , 

9(b), 9(c), and 9(d). 

 Tensile tests were performed using a MTS 810 

system, in accordance with ASTM D3039 standards. 

The specimens were tested at a rate of 2 mm per 

minute. The elastic modulus and tensile strength 

were calculated from the stress-strain curve. 

Compressive and three-point bending tests were 

performed on the same machine as per ASTM D3410 

and ASTM D790-03 standards, respectively. Impact 

tests were performed on an IZod impact testing 

machine. The test method adopted was consistent to 

ASTM D256 method A. All the test specimens were 

notched with a radius of 0.25mm. All the mechanical 

properties reported to represent the average value of 

five readings at least. 

2. Results and Discussion 

2.1 Tension and Compression 

 Fig. 10 shows the tensile strength of 

jute/epoxy composites. The tensile strengths of 

2D/epoxy or 3D epoxy composites are about 10% to 

25% higher than that of pure epoxy. For tensile 

modulus in jute/epoxy composites, the 2D/epoxy is 

187% and 101% higher than that of pure epoxy and 

3D/epoxy composites, respectively. The tensile 

strength and modulus of jute/PLA composites are 

shown in Fig. 12 and Fig. 13. The peak stress of 

2D/PLA composite is higher than that of 3D/PLA 

composite. Moreover, the failure strain of 3D/PLA 

composite is larger than that of 2D/PLA composite. 

The difference was caused by the fiber architecture 

of jute fabrics. The 3D orthogonal fabric is less dense. 

It is ease to elongate the fiber under tension. So, the 

tensile modulus of 3D/PLA composite is lower than 

that of 2D/PLA composite. Both the 2D plain and the 

3D orthogonal jute fabrics possess the reinforced 

effect in tensile strength to the pure epoxy and PLA 

resin. However, the 3D orthogonal fabric has less 

reinforced efficient than 2D plain fabrics. This 

phenomenon could be induced by the 3D orthogonal 
constructions. The 3D orthogonal fabric possesses 

much resin rich region caused to larger deformation 

while testing.  

 The compressive results are shown from fig. 

14 to fig. 17. Both the 2D and 3D jute fabrics 

reinforced epoxy and PLA composites have a similar 

scale on compressive strength. The value was about 

10% and 20% higher than pure epoxy and pure PLA 

sample, respectively. It indicated that the resin 

domain the longitudinal compressive strength of 2D 

and 3D jute reinforced epoxy and PLA composites. 

For compressive modulus, the 2D/epoxy composite 

was 39% and 19.5 % higher than that of pure epoxy 

and 3D/epoxy samples. The 3D/epoxy composites 

have less reinforced efficient than 2D/epoxy in 

compression. Furthermore, in jute fabric reinforced 

PLA composites, the 2D/PLA composite has good 

reinforced effect in compression. The compressive 

modulus of 2D/PLA composite is 50% than that of 

pure PLA sample; in the meanwhile, the 3D/PLA 

composite is 21.5% high.  

 Over all, the reinforced effect of 2D jute 

fabric is higher than that of 3D jute fabric while 

tension and compression.  

2.2 Bending and Impact 

 The three-point bending results are reported 

in fig. 18 and fig. 19. Both the 2D fabrics and 3D 

fabrics have reinforcing effect on the bending 

strength and modulus. The 2D/epoxy composites 

have 52.3% higher than that of pure epoxy sample, 

and the 3D/epoxy composites have 110% stronger 

than that of pure epoxy sample. It, also, can be found 

in fig. 18 and fig. 19 that the 3D/epoxy composites 

have better bending strength and modulus than that 

of 2D/epoxy composite. Even in jute/PLA 

composites, the 3D/PLA composites possess good 

bending resistance. The z-yarn can inhibit the crack 

propagating through the in-plane direction, that is, to 

inhibit the delamination occurred.  The strain energy 

of the jute fabrics reinforced epoxy and PLA 

composites under tension, compression, and bending 

are summarized in table 1. The strain energy is 

calculated automatically by the MTS 810 system 

based on the load-displacement relations. It indicated 

the materials inhibit internal work to resist external 

force. Summarizing table 1, we found that the epoxy 

based composites have better strain energy than the 

PLA based composites.   

 The results of Izod impact for the epoxy 

based and PLA based jute fabric composites are 

shown in fig. 20. Both the 2D and 3D jute fabrics 

improved the impact energy absorption. For PLA 

based composites, the impact energy for 2D/PLA or 

3D/PLA composites is 15% in average higher than 
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that of pure PLA sample. It also has 35% improved 

for epoxy based composites. The same as the bending 

results, the 3D fabric has good ability to resist the 

impact loading.    

2.3 Failure 

 The tensile failure images are shown in Fig. 

21. The 2D composite broke across the width. The 

3D composite damage occurred around the resin rich 

region and pass through the width of the specimen. 

For compression, the 2D composite bent at the 

central of the specimen and the grid position (Fig. 

22(a)). It was quite different than that of the 3D 

composite in compression. The kinked phenomenon 

could be found in 3D composites while longitudinal 

compression. The 3D specimen kinked on the area of 

fixed tabs (Fig. 22(b)). Observation of the three-point 

bending history, it can find the both the composites 

failed starting from the tensile side to the 

compressive side. However, the z-yarn in the 3D 

composite can stop the damage propagated along the 

in-plane   direction (Fig.23). Finally, the IZod impact 

failure photographs could be found in Fig.24. The 2D 

composite broke into two pieces and the weft jute 

yarns were been split (Fig.24 (a)). The 3D composite 

damaged with z-yarn and y-yarn breaking (Fig. 24 

(b)). 

Conclusions 

 The jute fiber can be used to weave a three-

dimensional preform by pre-treating the fiber with a 

starch solution and controlling the tension while 

weaving.  The 2D plain jute fabric composites are 

good in tension. And the 3D orthogonal jute fabric 

composites are good in flexural strength and impact 

energy absorption. For compression, the 2D and 3D 

composites have the equivalent characteristics. In 

addition, both the jute fabrics possess the reinforced 

effect to enhance the mechanical properties of epoxy 

and PLA resin. Natural fiber seems to be the 

potential in the application of loading structure by 

treatment the fiber to have a strong structure, such as 

three-dimensional weaving or braiding. Therefore, 

applying the weaving technique to enhance the 

natural fiber seems to be a good research topic. By 

the way, strong weaving structures caused a 

challenge to impregnate with matrix, especially in 

thermoplastic resin. So, that how to increase the fiber 

content of jute fiber reinforced thermoplastic 

composite is another study topic. 
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 (a) 

(b) 
Fig. 1. Schematics of 2D plain fabric (a) and 3D 

orthogonal fabric (b). 
 

(a) 

(b) 
Fig. 3. Photos of 2D plain jute fabric (a) and 3D 

orthogonal jute fabric. 

 

Fig. 2. Weave pattern of 3D orthogonal fabric. 
 

Fig. 4. Manufacturing process of jute fabrics (2D and 

3D) reinforced epoxy composites. 
 

 

Fig. 5. Curing cycle for epoxy resin. 
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Fig. 6. Manufacturing process of jute fabrics (2D and 3D) 

reinforced PLA composites. 

 

Fig. 7. Stacking sequence for the manufacturing of 2D 

plain jute fabric reinforced PLA composites. 

 

 

Fig. 8. Stacking sequence for the manufacturing of 3D 

orthogonal jute fabric reinforced PLA composites. 

 

 

 

 

 
(a) 

 
(b) 

 
(c) 

 
(d) 

Fig. 9. Photos of 2D/epoxy (a), 3D/epoxy (b), 2D/PLA 

(c), and 3D/PLA (d) composites. 
 

Table 1. The fabric structure, fiber weight content 

and matrix constituent of specimen nomination 

 Fiber Fabric 

Structure 

Matrix Wf(%) 

2D/PLA Jute 2D Plain PLA 32 

3D/PLA Jute 
3D 

Orthogonal 
PLA 30 

2D/Epoxy Jute 2D Epoxy 32 

3D/Epoxy Jute 
3D 

Orthogonal 
Epoxy 30 
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Stacking Fabrics 
and PLA Films 

Putting the 
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Fig. 10. Tensile strength of jute/epoxy composites. 
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Fig. 11. Tensile modulus of jute/epoxy Composites. 

 

Fig. 12. Tensile Strength of Jute/PLA Composites. 

 

Fig. 13. Tensile Modulus of Jute/PLA Composites. 

 

Fig. 14. Compressive strength of jute/epoxy 

composites. 

 

Fig. 15. Compressive modulus of jute/epoxy composites. 

 

Fig. 16. Compressive strength of jute/PLA composites. 
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Table 2 Strain energy of jute composites under tension, 

compression, and bending. (Unit: N*mm) 

    Force 

Sample    
Tension Compression Bending 

Pure Epoxy 2610.4 2726.9 883.9 

2D/Epoxy 3280.6 3221.4 724.8 

3D/Epoxy 2876.5 3329.7 943.3 

Pure PLA 1136.8 1961.3 642.1 

2D/PLA 1426.8 1985.7 378.8 

3D/PLA 1206.6 2985.8 502.9 

 

  
(a) 2D (b) 3D 

Fig. 21. Failure photos of the composites after tension. 

 

 

Fig. 20. Impact energy of jute/epoxy and jute/PLA 

composites. 
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Fig. 17. Compressive modulus of jute/PLA composites. 
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Fig. 18. Bending strength of jute/epoxy and jute/PLA 

composites.  
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Fig. 19. Bending Modulus of jute/epoxy and jute/PLA 

composites. 
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(a) 2D (b) 3D 

Fig. 22. Compressive failure images. 

 

 
(a) 2D 

 
(b)3D 

Fig. 23.  Failure images of the composites after bending. 

 

 
(a) 2D 

 
(b) 3D 

Fig. 25.  Failure images of the composites after impacting. 
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1 Introduction  

Composite lattice structure is one of the promising 
concepts applicable to inter-tank, inter-stage or 
payload adapter structures of launch vehicles, major 
structure of spacecrafts, and structural components 
of non-pressurized sections of aerial vehicles. The 
competitiveness of the concept arises from the high 
structural efficiency which results in weight 
reduction from the conventional smeared, 
homogeneous structures. Applying filament winding 
or fiber placement techniques may also drastically 
reduce the fabrication cost of the lattice structures. 
The advantage of cylindrical lattice structure (Fig. 1) 
emerges especially under axial compression or 
bending, when buckling may be critical. From the 
manufacturing constraint, the ribs of the cylindrical 
lattice system comprise of hoop and counter-wound 
helical ribs, with the major load-bearing components 
under axial compression being the latter pair. The 
main role of hoop ribs is to sustain the helical ribs by 
carrying the hoop tension caused by resisting the 
circumferential component of compressive load 
conveyed by helical ribs. 
The fundamental design methodology of lattice 
structures has been well described, for example by 
Vasiliev and Razin [1] and Totaro and Gurdal [2], 
with three independent constraints, i.e. (1) the 
strength of helical ribs, (2) the global stability of the 
cylinder, and (3) the local stability of the helical ribs. 
Recently, additional design constraint was assessed 
by Totaro [3] which dealt with the local buckling 
modes that are relevant to the series of multiple unit 
cells or repeated patterns of lattice system. 
When considering the buckling of cylindrical shells, 
the design constraint may well be predicted to be the 
out-of-plane modes, which can be averted by 
increasing the shell bending stiffness. However, in 
the case of lattice cylinders, the compressive loads 

generated in the helical ribs may also cause buckling 
with dominant in-plane displacements, which may 
be regarded as the distributed local rotational 
displacements in a macroscopic, homogeneous point 
of view. These modes of buckling usually do not 
appear in the cylindrical homogeneous shells. In the 
present study, design constraints of cylindrical 
lattice structure subjected to compressive loading is 
investigated, taking the effect of above local 
rotational displacements into account. The finite 
element parametric analyses are carried out in order 
to assess the effect of local rib displacements, 
including the apparent distribution of local rotations. 
Partial optimization of the structure is also addressed 
in the process of verification of the contention. 

 

2 Design Constraints Identification 

The well-known design constraints previously 
studied are insufficient as being discussed in the 
reference [3]. Buckling modes of lattice cylinders 
include those that are not categorized as either local 
or global in the sense of homogeneous smooth shells. 
These typical deformation modes essentially arise in 
association with the local rotational deformations of 
the ribs and rib intersections that cannot be 
described with the ordinary shell formulation. This 
may be taken into account in the regime of 
continuum mechanics using the higher order 
elasticity formulation such as the couple stress 
theory or the more general micropolar elasticity 
theory. However from the point of practical 
application, the behavior of the lattice cylinder is 
alternatively well pursued by the finite element 
analysis in which the ribs are modeled by the links 
of beam elements. 
The lattice dimensions used hereafter are defined in 
Fig. 2. In order to first identify the dominating 
design constraints of the lattice cylinders, the simple 
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unit section of the lattice cylinder shown in Fig. 3 is 
examined. The effect of curvature of the unit cell on 
the deformation and strength behaviors are assumed 
to be small, and thus the component is fabricated in 
a flat configuration. Three types of specimens of 
different fabrication schemes are prepared (Table 1). 
The objective of the additional measures depicted in 
the table is that the intersection of the ribs placed in 
different directions are theoretically twice the 
thickness of that of the general region away from the 
intersection (Fig. 2). The resulting quality of the 
specimen without any specific treatment (Type A 
specimen) is shown in Fig. 4. The region adjacent to 
the intersection contains unacceptable amount of 
interlayer gaps. This was one of the biggest concerns 
in fabricating the lattice structure. The dimensions of 
the fabricated specimens varied according to the 
processes which are summarized in Table 2. 
The mechanical behavior of the unit cell specimens 
under compressive loading was experimentally 
examined. The static compression experiments were 
thus conducted using the setup shown in Fig. 5. Both 
the top and the bottom ends of the specimens were 
immersed in the hollows of the aluminum blocks 
filled with the fusible alloy (melting temperature: 
79oC) to achieve the fixed end conditions on the 
helical ribs. The ends of hoop ribs were kept 
unconstrained, which imposed weaker constraint 
than that in the actual lattice structure. The 
displacement versus load curves for specimens A, B 
and C are shown in Fig. 6. In all three specimens the 
local in-plane buckling of helical ribs first took place, 
which was followed by the decrease in apparent 
compressive stiffness of the specimens leading to the 
structural collapse. The loading was terminated after 
the flattening of load versus displacement curves 
occurred, except for specimen C, in which the 
compressive failure of helical rib took place at the 
portion close to the intersection. This was speculated 
to be due to the large local deformation induced after 
the buckling has occurred. The maximum 
compressive loads attained in each specimen are 
depicted in the figure. 
The brief verification of the local buckling was also 
conducted based on the Euler buckling analysis 
which showed very good agreement with the 
experimental results. The buckling mode considered 
in the analysis was that of the clamped-simply 
supported beam, which simulated the span of the 

helical rib between the helical-hoop ribs intersection 
and the helical-helical ribs intersection [2]. 
The outcome of these unit cell experiments is that 
the local buckling may possibly be critical in 
designing the lattice structure, or at least the 
buckling modes tied to the local rib rotations may be 
of significance and has to be included in the design 
constrains. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 1. Example of cylindrical lattice structure. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 2. Lattice dimensions. 
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3  

DESIGN CONSTRAINTS OF COMPOSITE LATTICE CYLINDERS

 
 
 
 
 
 
 
 
 
 
 

Fig. 3. Unit cell specimen of lattice cylinder. 
 
 

Table 1. Fabrication methods and materials 
of unit cell specimens. 

Spcimen 
type Materials Additional 

measures 

A CF/Epoxy Prepreg (Toho 
Tenax Q1111-2500) -- 

B 

CF Tow (Toho Tenax 
HTS40(12K) + Epoxy 

resin (Nagase Chemtechs 
XNRH6809) 

Resin enriched 

C CF/Epoxy Prepreg (Toho 
Tenax Q1111-2500) 

Prepreg patches
placed between 

layers 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 4. Through thickness view of intersection region 

obtained from X-ray CT (specimen A). 
 
 

Table 2. Dimensions of unit cell specimens. 
Specimen 

type 

Helical rib 
width 

bh [mm] 

Hoop rib 
width 

bc [mm] 

Rib thickness
 

H [mm] 
A 2.8 4.5 10.4 

B 3.6 4.8 10.3 

C 4.1 4.9 10.5 

 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 5. Compressive test configuration 
for unit cell specimen. 

 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 6. Displacement vs. load curves 
of unit cell compressive test. 

 
 

3 Buckling Analysis of Lattice Cylinders 

3.1 Finite Element Modeling 
The model cylinder considered in this study is 
identical to the cylindrical lattice component 
demonstrator of 2500mm in diameter and 2000mm 
in axial length designed by the Japan Aerospace 
Exploration Agency (JAXA) (Fig. 7). Its target 
buckling load is set to be 1500kN and the resulting 
total weight is 32.5kg. It consists of 71 pairs of 
helical ribs and 15 hoop ribs. FE model is created 
with 76680 beam elements and 73699 nodes each 
with 6 DOFs. To be as accurate as possible with the 
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use of beam elements, the intersection of two helical 
ribs is modeled with two series of beam elements 
placed sinusoidally and having offset to each other 
in the thickness direction at the intersection. This 
offset corresponds to the mid-plane misalignment of 
the two helical ribs. The inter-rib element is set up 
between the two intersecting rib elements to 
simulate the inter-layer resin, as shown in Fig, 8. 
The lattice dimensions defined in Fig. 3 have been 
intentionally varied in the following analyses to 
obtain the results under extreme cases. 
 
 
 
 
 
 
 
 
 
 
 

Fig. 7. Demonstrator of cylindrical lattice 
component (by JAXA). 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 8. Modeling of intersection of two helical ribs. 

 

3.2 Effect of Local Rib Deformation 

The Young’s modulus is fixed here to be 
Eh=Ec=80GPa for both helical and hoop ribs to 
concentrate on the effect of lattice dimensions. The 
original JAXA demonstrator dimensions are first 
used to analyze the lowest buckling mode which is 
shown in Fig. 9. The major dimensions are shown in 

the caption of the figure. This buckling mode has the 
circumferential wave number of 6 and the axial half-
wave number is 5. This mode cannot be obtained 
from the unit cell analysis even with the use of 
periodic boundary conditions and thus the full model 
must be adopted. The buckling load is 636kN, which 
is 45% of the aimed 1500kN. The figure shows that 
the buckling mode comprises of the local rib 
rotational deformation which could not be taken into 
account in the preliminary design constraints [2]. 
The lattice dimensions are now altered to focus on 
the effect of local rotational deformations. The total 
weight has been kept constant, whereas the aspect 
ratio of the helical rib cross section H/bh is increased 
to suppress the out-of plane deformation and 
alternatively induce the in-plane rotational 
deformations. As the original demonstrator exhibited 
shell-like buckling mode which embraced the out-
of-plane deformations, this alteration can reduce the 
susceptibility against the out-of-plane mode. The 
buckling mode is shown in Fig.10 (a). The structure 
still exhibits a shell-like global buckling mode but 
with decreased amplitude. The in-plane rotation is 
yet distinguished. The buckling load is improved to 
796kN. 
To further sort out the effect of lateral rib rotations, 
the lattice dimensions are set so that the ratio of rib 
width is bc/bh=3, which makes the hoop rib well 
stiffer than the helical rib in in-plane bending. This 
is the value indicated in reference [3] as the 
recommended dimensions from the point of rib 
buckling. The lowest buckling mode is shown in Fig. 
10 (b). The shell type buckling mode now disappears, 
and the local helical rib rotation distribution is 
apparent. 
It is now clear that, (1) the local rotational 
deformation of the ribs may take place in the global 
buckling mode of lattice structure (Fig. 10 (a)), and 
(2) the local deformation of ribs may constitute the 
global buckling mode with locally distributed 
rotations (Fig. 10 (b)). It may thus be concluded that 
the local rotational deformation may play an 
important role in the formation of buckling modes. 
Morozov et al. [4] indicated that decreasing the 
number of helical ribs in the lattice results in the 
“frame-like” behavior, and the increase of that tends 
to approach the “shell-like” behavior. However, the 
local rotation of ribs may take place in any case, and 
the lack of consideration of this effect may be 
detrimental in designing the lattice structure. 

x 
(hoop) 

y 
(radial, thickness) 

z 
(axial) 

x y 

z 
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Fig. 9. Buckling mode with original JAXA 
demonstrator dimensions, buckling load 636kN 

(H=10mm, ac=142.9mm, bc=5.7mm, bh=4.7mm). 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

(a) Coupled global shell deformation and local 
rotational deformation, buckling load 796kN 

(H=14.1mm, ac=143.2mm, bc=6.0mm, bh=2.7mm). 
 
 
 
 
 
 
 
 
 
 
 
 
 

(b) Periodic local rotational deformation 
(H=15mm, ac=143.2mm, bc=6.0mm, bh=2.0mm). 

 
Fig. 10. Example of buckling modes 

with different levels of  rib rotation effect. 

3.3 Parametric Analysis of Buckling 

The parametric calculation is conducted herein, in 
order to investigate the validity of the fundamental 
design methodology proposed in the reference [1]. 
The fundamental methodology employs the design 
constraints of helical rib strength and stability, 
together with the smeared global shell stability. This 
method is compared with the FE analysis adopted in 
the preceding sections. 

3.3.1 Effect of Mesh Sparseness 
There are five independent variables for a lattice 
cylinder with given cylinder diameter and length. 
For example, fixing the values of helical rib angle , 
rib thickness H, helical rib width bh, hoop rib width 
bc and number of helical rib pairs Nh results in the 
determination of lattice configuration. Now for a 
given case of fixed variables of weight, helical rib 
angle =30o, helical rib cross section aspect ratio 
H/bh=2.13, and the rib width ratio bc/bh=1.2 (these 
assumptions follow the JAXA demonstrator 
dimensions), setting a single parameter H will result 
in the fixation of the rest of the variables; bh, bc and 
Nh, together with already fixed . In this case, if H is 
set to be sufficiently large, then bh is also fixed to a 
large value and the resulting Nh is a small value 
under constant weight, meaning that the lattice is 
sparse. 
The consequence of the consideration is that the rib 
spacings ah and ac broaden as H increases. In the 
simplified methodology, global buckling has been 
treated by smearing the lattice into a homogeneous 
cylinder of equivalent average stiffness. According 
to this smearing procedure, equivalent membrane 
stiffness remains constant, whereas the equivalent 
bending stiffness increases with increasing H. Thus 
the resulting global buckling load increases along 
with the increase of H (Fig. 11, red line). Contrarily, 
the FE analysis with beam elements show that the 
buckling load of the lattice structure decreases with 
the increase of H (Fig. 11, blue line). This is due to 
the increasing susceptibility of local rotational 
deformation with increasing rib spacing. In other 
words, in this specific case, the “shell-like” lattice 
with decreased rib spacing or increased number of 
ribs may result in a favorable higher buckling load. 
This is contradictory to the result obtained by the 
smearing shell method. Thus the use of smearing 
method in the fundamental design methodology may 
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be misleading in certain cases as shown here. The 
use of analyses which can take into account the local 
behaviors of constituent ribs is preferable. 

3.3.2 Effect of Rib Cross-Sectional Aspect Ratio 
As it is challenging to fully conduct a design 
optimization of the lattice structure, another case 
study is given here under constant weight, rib angle 
, and number of helical rib pairs Nh. The parametric 
analysis is conducted to optimize the rib cross 
section aspect ratio H/bh under the special condition 
of equal rib width bc/bh=1. As the weight is kept 
constant again in this case, and considering that the 
number of ribs is constant, the rib cross-sectional 
area is fixed. This results in the inverse proportional 
relationship between rib width b=bh=bc and rib 
thickness H. Thus the buckling load analysis is 
conducted with varying H/b. As the result may be 
highly dependent on the rib cross-sectional area, i.e. 
the weight of the cylinder, the total weight is thus 
taken as a parameter. The resulting buckling load as 
a function of H/b is shown in Fig. 12. When H/b 
<0.4, the buckling mode is apparently purely 
axisymmetric with out-of-plane shell deformation 
prevailing, and hoop ribs remaining undeformed 
(Fig. 13 (a)). At higher H/b, in contrast, the buckling 
mode shape becomes non-axisymmetric with in-
plane rib rotation prevailing.  The mode shape at H/b 
>5 is shown in Fig. 13 (b). The initiation of 
decreasing tendency of buckling load at around H/b 
=5 corresponds to this mode change due to the loss 
of in-plane bending stiffness of the ribs. 
The result of Fig. 12 seems to be relatively 
independent to the value of rib cross-sectional area, 
or equivalently the cylinder weight in the present 
case. The maximum buckling load may be achieved 
at around H/b =5 for any of the cases. This is in 
nature due to the mode change of the rib 
deformations, between out-of-plane and in-plane 
tendencies. 
As the value of bc/bh is fixed to unity in this case, the 
optimized configuration of the lattice is not yet clear. 
Next step is to verify the effect of the relationship 
between the dimensions of helical and hoop rib cross 
sections. This process can also be treated similar to 
that shown in this part by taking bc/bh as a variable 
while setting H/b as a parameter. 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 11. Effect of rib height on the buckling load 
under constant weight. 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 12. Buckling load as a function 
of rib aspect ratio. 

 
 
 
 
 
 
 

Rib cross-sectional area 
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(a) Axisymmetric mode at low H/b. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

(b) Non-axisymmetric mode at high H/b. 
 

Fig. 13. Buckling modes at different H/b. 
 
 

4 Effect of Skin Addition 

The local deformation of ribs, especially the in-plane 
rotation, may significantly lower the buckling load 
of lattice cylinders as shown in the previous chapter. 
The possible improvements of the structure by 
adding a sufficiently thin skin is considered herein. 
The basic idea is to increase the resistance of ribs to 
the in-plane rotational deformations by efficiently 
reinforcing the ribs with thin skin through the 
exploitation of its shear and tensile rigidity. Though 
the consequent structure is topologically identical to 
the isogrid panel structure, the intrinsic idea is 
completely different in the essence that, for the 
isogrid, the skin is the primary component which is 
reinforced by the grid shaped stiffeners. In contrast, 

for the present lattice with skin addition, the primary 
structural component is the lattice and the skin is 
used as to constrain the deformation of the lattice. 
The stiffeners in isogrid panels are mainly to 
increase the out-of-plane bending stiffness of the 
panel, whereas the skin for the lattice structure is to 
increase the local rigidity of ribs to suppress the in-
plane deformation. 
FE model is again constructed based on the 
previously used beam element model. The base 
lattice structure has dimensions of =21.2o, 
H=10mm, ac=143.2mm, bc=5.0mm, bh=5.0mm. The 
skin is modeled with the 4-node thin shell element. 
The skin elements are connected to the lattice beam 
elements at corresponding nodes, with rigid gap 
elements placed in the thickness (radial) direction of 
the cylinder to account for the thickness of the lattice 
beam and the skin (Fig. 14). In other words, the rigid 
gap element is placed to connect the node at the 
neutral line of the beam element and that at the 
neutral surface of the shell element. The base lattice 
model has reduced number of elements due to the 
limitation of computer memory, compared to the 
model in the previous chapter. The total number of 
nodes of the employed model with skin is 48849 
compared to 73699 of the preceding pure lattice 
model. 
The effect of adding the aluminum alloy skin on 
buckling is calculated as shown in Fig. 15. The base 
lattices cylinder has the buckling load of 660kN, 
which is almost identical using the finer mesh of the 
previous model and thus the model is presumably 
accurate.  The addition of skin efficiently increases 
the buckling load especially at small skin thickness. 
With the skin of 0.1mm thickness, the buckling load 
more than doubles up to 1558kN. The buckling load 
of the pure cylindrical shell of the same dimension 
with 0.1mm-thick aluminum alloy, which by itself is 
not of practical use, is estimated to be mere 27kN. 
Thus the synergetic effect of the skin addition to the 
lattice cylinder is enormous. 
The buckling mode shapes of the base and the 
amended lattice cylinders are shown in Fig. 16. The 
suppression of the rib local in-plane rotational 
deformation by the presence of skin is obvious. 
The weight of the base lattice is estimated to be 
32.5kg and the weight of the 0.1mm-thick skin is 
4.4kg for the present configuration. This 
corresponds to the weight increase of 13% by the 
skin addition. 
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Fig. 14. Skin-added model of the lattice. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 15. Effect of skin addition on the buckling load 

of lattice cylinder. 
 
 
 
 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 

(a) Without skin addition (base model). 
 
 
 
 
 
 
 
 
 
 
 
 

(a) With skin addition (skin thickness 0.1mm). 
 
 
Fig. 16. Effect of skin addition on the buckling mode. 
 
 

5 Conclusions 

The present study focuses on the effect of local 
rotation of the ribs on compressive buckling 
behaviors of lattice cylinders, which may not be 
embraced in the context of either the global buckling 
estimations combined with smearing method, or the 
simple local Euler buckling of the ribs. The use of 
beam elements in the finite element modeling may 
well be sufficient in order to include the effect of 
local rib rotational deformations in the lattice 
structure. The consequence of considering this effect 
may drastically lower the buckling load estimation 
compared to the combined methodology taking into 
account the conventional shell buckling, rib local 
Euler buckling and rib failure strength. Design 
constraints for lattice structure should certainly 
include the effect of rib local deformations. The 
addition of thin skin to the lattice structure is also 
proposed in order to prevent or reduce the infection 

Lattice elements 

Rigid link element 

Skin shell elements 

H / 2 
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of this local deformation nature of the ribs. The 
present paper focuses on the cylindrical lattice 
structure under pure compressive loading, but 
similar behaviors affected by rib deformations are 
observed under lateral shear, bending and torsion, to 
which the addition of thin skin is also effective. The 
merit of installing the skin may also arise when the 
lattice structure is applied to the aircraft fuselage 
with cabin pressurization requirement. 
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1 Introduction  

Graphene, a two-dimensional material known as 

“the thinnest material in the universe and the 

strongest ever measured” [1], possesses high specific 

surface area (2630 m
2
/g) [2], thermal conductivity 5 

[3], flexibility and mechanical strength (130 GPa) 

[4]. To fully exploit these remarkable properties, 

graphene can be use into polymer matrices as 

nanofillers [5]. As for graphene-based 

nanocomposites, an essential criterion about 10 
performance of the resulting composites is required, 

which including delicate morphological organization, 

local interfacial properties, uniform dispersion, and 

ease of processing and so on [6-8]. These aspects 

mainly depend on the surface properties of graphene, 15 
which can be chemically modified for specific 

purposes [9]. Although significant progress have 

been made in the use of graphene as reinforcements 

of polymer matrices [10-23], there are still some 

critical issues unresolved such as the aggregative 20 
trend of graphene during processing and poor 

interfacial bonding between polymer matrices and 

graphene [24]. Stankovich prepare isocyanate 

modified graphene oxide to obtain a series products 

with different CPN ratio, which can form stable 25 
colloid systems in polar non-protic solvents (DMF, 

NMP, DMSO, HMPA and THF) [25]. Recently, the 

aryl diazonium treatment has been applied to 

graphene surface modification, achieving by grafting 

aryl groups on surface of graphene. This method can 30 
bind nanofillers to polymer matrices as an efficient 

approach. Sodium dodecylbenzene sulfonate (SDBS) 

wrapped graphene which grafted halogen groups has 

greatly improved the dispersibility of graphene in 

polar solvents [26]. Moreover, a 35 
graphene/polystyrene (PS) composite was obtained 

by combining a diazonium addition reaction with 

atom transfer radical polymerization (ATRP). This 

composite reveal a 15 °C increase in the glass 

transition temperature (Tg), and exhibited ~70% and 40 

57% increases in tensile strength and Young’s 

modulus, respectively [14]. It is proved that 

substituted aryl groups can be readily anchored to 

surface of graphene by electrochemical reaction of 

diazonium salts [27-32]. Notwithstanding there are a 45 
lot of studies showing that graphene can enhance 

tensile strength and modulus of most polymer 

nanocomposites more effectively than other carbon 

materials did [33-35], few studies have focused on 

developing the toughness of resin matrix.  50 
In our recent work, we prepared a phenyl isocyanate 

modified graphene by covalent chemical 

modification of graphene oxide (GO) and tested 

notched impact strength of phenyl isocyanate 

modified graphene (PMG)/epoxy and GO/epoxy 55 
nanocomposites. Moreover, we observed the 

morphology of fracture surface to study the 

mechanism of toughening. The results illustrate that 

adding GO can distinctly enhance epoxy with a 

maximum increase of 100% in impact strength at wt 60 
0.4%. This effect should attribute to the interaction 

between modified graphene and polymer matrix and 

provide further understanding of the reinforcing 

mechanism of graphene nanocomposites. 

2 Experimental 65 

2.1 Synthesis of GO 

Modified Hummer’s method was applied to prepare 

graphite oxide from natural graphite powder, 

through oxidization process by potassium nitrate and 

potassium permanganate, in the presence of sulfuric 70 
acid [36]. This part of experiment base on the 

previous studies of our group, which indicated that 

moderately extending reaction time and raising 

reaction temperature slightly lead to a complete 

oxidation [37]. When oxidation was completed, the 75 
obtained suspension was intensively washed with 

deionized water by centrifugation and then followed 

by vacuum drying (80 °C) to obtain graphite oxide 
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powder. The resulting graphite oxide was exfoliated 

to GO by sonication in de-ionized water (DI water). 80 

2.2 Synthesis of PMG 

0.08 g GO was dispersed in THF and sonicated to 

obtain homogeneous colloidal solution. 

Subsequently, 0.008 mol phenyl isocyanate was 

added into mixture at 80°C for 12 hours.  85 

2.3 Fabrication of Epoxy Matrix Nanocomposites 

GO (content ratio to resin of 0.2 wt.%, 0.4wt.% and 

0.6 wt.% respectively) was dispersed well in 

Epon862 (31.65g) with the help of THF at 80°C, 

after THF was evaporated completely by vacuum 90 
distillation (-0.1 MPa) the curing agent (8.35g) was 

added to the mixture which was then poured into the 

mould (80mm ×10mm× 8mm). The resin was 

degassed at 80°C and then cured at 120 °C for 2 

hours, 140°C for 1 hour, 160°C for 1 hour and 95 
180 °C for 2 hours.  

However, the procedure of adding resin and curing 

agent was different in the process of preparing 

PMG/epoxy nanocomposites. Right after the 

chemical modification was finished, the Epon862 100 
(31.65g) is added to the PMG/THF solution firstly. 

Then the mixture was degassed by vacuum 

distillation (-0.1 MPa) after stirred until it is evenly 

under 80°C. When the THF solution was absolutely 

evaporated, the curing agent (8.35g) was added to 105 
the mixture under 80°C to complete the same curing 

process as GO/epoxy. 

2.4 Instrumentation 

Field emitting scanning electron microscopy 

(FESEM) was performed with a SUPRA 55VP 110 
microscope. X-ray photoelectron spectroscopy (XPS) 

analysis was conducted with PHI Quantera SXM 

system. Atomic force microscopy (AFM) images 

were obtained by a Dimension3100v in tapping 

mode. And Fourier transform infrared spectroscopy 115 
(FT-IR) spectra were recorded on a Nexus 670 

spectrometer, in the range of 500-4000 cm
-1

. Impact 

strength of each composite specimen was tested by 

izod notched impact strength testing on a XJ-Z50 

impact testing machine according to ISO180:2000 120 
standard. The glass transition temperature (Tg) of 

each specimen of composites was tested by dynamic 

thermomechanical analysis (DMA) on DMTA IV 

testing machine according to ASTM D7028-07e1. 

3 Results and Discussion  125 

3.1 Exfoliation of GO in water and THF  

Functionalization of graphene based on exfoliation 

of graphite oxide, which is suitable for large scale 

production required by polymer composite 

applications [9]. Graphene oxide (GO) is widely 130 
used as a precursor for mass production of graphene 

and its derivatives, which possesses hydroxyl and 

epoxide groups attached on the basal plane, and 

carboxyl groups at the edge [1, 4, 38-40]. To 

characterize the nanoplatelets in height dimension, 135 
AFM provides a reliable measure of the thickness 

and size of the graphene sheets. GO sheets with the 

thickness ranging from 0.8-1 nm are observed in Fig. 

1, either GO was dispersed in water or in THF. 

Graphite oxide was successfully exfoliated into 140 
single-layer GO sheet after ultrasonic exfoliation. 

Comparing Fig. 1a with b, we can also learn that the 

GO sheets in water with a diameter of ~5 μm, which 

is much larger than that in THF (~1 μm). According 

to lots of hydroxyl groups and carboxyl group on 145 
GO sheets and fragmentation caused by sonication, 

it is much easier for GO to disperse and remain 

stable in larger pieces in water.  

3.2 Characterization of GO and PMG  

To characterize the chemical groups on the surface 150 
of GO and PMG, FT-IR experiments provide a 

reliable measure and the results are shown in Fig. 2. 

The spectrum of graphite oxide (Fig. 2a) confirms 

the presence of C-O (C-O at 1050 cm
-1

), O-C-O (O-

C-O at 1220 cm
-1

), carboxyl C=O (C=O at 1720 cm
-1

) 155 
and ketene C=O (C=O at 1620 cm

-1
), the peak at 

3370 cm
-1

 is corresponding to the O-H stretching 

vibrations of the C-OH groups and the water 

molecules intercalated into GO [41]. When it comes 

to the broadening effect (ranging from 3500 to 2000 160 
cm

-1
), hydrogen bonds between hydroxyl groups and 

carboxyl groups contribute, probably. in Fig. 2b, the 

broaden peak at 3400 cm
-1

 is severely attenuated and 

a weak peak corresponding to secondary amino 

groups occurs at 3300 cm
-1

 indicating that hydroxyl 165 
groups have been consumed by isocyanate groups 

during modification. The IR spectrum of PMG can 

be also distinguished from GO as evidenced by the 

increasing intensity of skeleton vibration of benzene 

ring (1650, 1550 and 752 cm
-1

) [42-44] and the 170 
presence of new peak at 1320 cm

-1
, which attributed 

to the stretching vibration of C-N from aniline 

groups. 

The functionalization of GO were also confirmed by 

XPS. The results of GO and PMG are shown in 175 
Table 1. Compared with pristine graphite, GO has an 

approximate C/O atomic ratio of 3/1 after a 

complete oxidation. The atomic percentage of O in 

ICCM19 3858



 

3  

STUDY ON MECHANICAL PROPERTIES OF MODIFIED  

 GRAPHENE/EPOXY NANOCOMPOSITES  

  

GO is also a reference to determine the mol ratio of 

GO/Phenyl isocyanate in following chemical 180 
modification. Besides, the O/N atomic ratio of PMG 

is about 2/1, indicating that the hydroxyl groups on 

the GO and phenyl isocyanate attained complete 

reaction. The results confirmed that each hydroxyl 

group on the surface of GO has been linked with an 185 
isocyanate group. 

3.3 Mechanical properties of GO/epoxy and 

PMG/epoxy nanocomposites  

The studies focusing on mechanical properties of 

GO/epoxy nanocomposite revealed an increase in 190 
Izod notched impact strength (IS) as a function of 

loading fraction. As shown in Table 2, the Izod 

impact strength increases twice by adding GO to 

epoxy resin at extremely low filler loading, but the 

IS of PMG/epoxy decreases by 20%-30%. 195 
Compared to the neat epoxy resin, a small addition 

of GO can obviously improve the IS of GO/epoxy 

nanocomposite, the IS reaches the maximum value 

of 3.50 KJ/m
2
 at 0.4 wt% GO. Then the IS of 

GO/epoxy nanocomposite decreases with an 200 
increase in GO loading, which is considered that 

uneven distribution and agglomeration of GO make 

it easy to form stress concentrations when GO 

loading increased to a certain extent. We 

investigated the morphology of the fracture surfaces 205 
of GO/epoxy and PMG/epoxy nanocomposites using 

SEM. The fracture surfaces exhibited dispersion and 

compatibility of GO and PMG in the matrix, as 

shown in Fig. 3. The fractured surface of neat epoxy 

resin is quite smooth, exhibiting a typical brittle 210 
feature (Fig. 3a). And there are two regions with 

distinct pattern on the fracture surface of neat resin. 

One, near the point of impact (region i in Fig. 3a), is 

quite smooth, while the other, almost the rest of the 

fracture surface (region ii in Fig. 3a), is river-like. 215 
On the surface of GO/epoxy at the loading of 0.2%, 

smooth region can also be observed. However, when 

the percentage of GO is higher than 0.2%, we can 

only find river-like pattern of denser crazes with no 

smooth region on the fracture surface. While that of 220 
the GO/epoxy nanocomposite is indented and 

consists of many ductile sunken areas, river-like 

pattern of denser crazes with no smooth region, 

indicating a typical rough feature, which is 

considered from a large number of interfaces 225 
introduced by GO ( more than 0.2% in Fig. 3c). On 

the contrary, more stepladder-like area appears on 

the fracture surface of PMG/epoxy (Fig. 3g) 

indicating weak interface between PMG and resin, 

so that crazes occur to be propagating along 230 

different surfaces of PMG. From Fig. d and h we can 

see a distinct difference in the interfacial interactions 

between the epoxy matrix and the nanoplatelets. 

This observed phenomenon proves that the 

nanoplatelets reinforcing composites strongly 235 
depend on the interaction, GO can prevent cracks 

from propagating in epoxy matrix nanocomposites 

and PMG cannot. And as a result, epoxy is 

toughened by GO and not reinforced by PMG. 

We suggest that two main differences between GO 240 
and PMG lead to these results. First, GO bears a 

large amount of hydroxyl, carboxyl and epoxy 

functional groups, the two former groups can 

provide mechanical interlocking and hydrogen 

bonding for the interaction between resin and GO, 245 
the latter one can also be bonding with the matrix by 

reacting with the amino curing agent. These 

chemical bonds contributed to the efficient load 

transfer between matrix and nanoplatelets, and 

absorb large amounts of energy to prevent or bridge 250 
the growth of micro-crack in matrix effectively. 

Together with the high surface area of GO, this 

surface chemistry leads to stronger interfacial 

interactions with epoxy and thus substantially larger 

influence on the properties of the neat resin. Second, 255 
the existence of polar functional groups on the FGS 

surface, as well as the extremely small thickness of 

the resulting GO lead to a homogenous dispersion of 

nanoplatelets in matrix. This state of dispersion 

probably results in a stronger mechanical 260 
interlocking with the polymer chains and, 

consequently, better adhesion. All of these factors 

contribute to the increase of impact strength. These 

strong interfacial interactions enable graphene to 

bring its amazing mechanical properties into effect, 265 
achieving toughness of epoxy resin. Moreover, the 

chemical bonds between GO and matrix slightly 

reduce the crosslink density of epoxy resin, which 

also enable the polymer chains to slip and provide 

more free volume under impact. In contrast, linking 270 
isocyanate functional groups with GO consume a 

certain amount of the hydroxyl groups, which 

decreases the hydrogen bonding and introduces 

voids into the matrix, the epoxy groups of PMG also 

has less linking with matrix because of the steric 275 
hindrance. Insufficient interface bonding cause the 

impact strength is lower than that of neat resin by 

easier crack propagation along the interface. The 

matrix would not be toughened when lacking 

chemical bonding of resin and nanoplatelets. 280 
Furthermore, when the weight percentage of 

nanoplatelet is 0.4%, the maximum impact strength 

is obtained, in both GO/epoxy and PMG/epoxy. 
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Maldistribution of graphene in resin may lead to the 

decline in impact strength when the loading is higher 285 
than 0.4%. The performance of PMG/epoxy 

nanocomposite degraded due to agglomeration of 

nanosheets and weak interfacial bond. 

3.4 Thermodynamic properties of GO/epoxy and 

PMG/epoxy nanocomposites  290 

The glass transition temperature (Tg) of epoxy 

nanocomposites testing by DMA are shown in Table  

3. It can be seen that the Tg of both GO/epoxy and 

PMG/epoxy nanocomposites decrease with the 

loading of nanoplatelets increasing, and the Tg of 295 
GO/epoxy nanocomposite is even lower than that of 

PMG/epoxy nanocomposite. According to the two 

dimensional structure and high specific surface area, 

graphene nanosheets introduce a large amount of 

interfaces into epoxy matrix, which lead to easier 300 
movement of polymer chains by declining the cross-

linked density of matrix and reducing the physical 

cross-linking of the resin segments. When the 

temperature increases, polymer chains move directly 

along the plane of graphene with less hindrance. The 305 
interfaces increase with the increasing of content of 

graphene nanosheets, so the Tg decline with 

increasing mass fraction of graphene nanosheets. 

Moreover, the chemical bonds between GO and 

epoxy matrix slightly lower the cross-linking density 310 
of matrix and increase the free volume, which cause 

the Tg lower than PMG/epoxy composite through 

the relaxing movements of polymer chains. 

4 Conclusions 

In summary, adding modified graphene, GO can 315 
enhance the impact strength of nanocomposite 

effectively at a low loading. With the addition of 0.4 

wt% GO nanosheets, the impact strength of 

GO/epoxy nanocomposite exhibited a prominent 

increase of 79.4%. The improvement in mechanical 320 
properties should attribute to the strong interfacial 

bonding between nanoplatelets and matrix, which 

including both chemical and physical bonds. And 

PMG failed to toughen epoxy because of weak 

interaction for lacking of strong bonds with epoxy 325 
matrix. The Tg of GO/epoxy and PMG/epoxy 

nanocomposites are both declined. 

 

 

 330 
 

 

 

 

Table 1. The results of XPS analysis 335 

 

Table 2. Impact strength of nanocomposites 

 

Table 3. Glass transition temperature of nanocomposites 

 340 

 

Fig. 2. FT-IR spectra of GO (a) and PMG (b). 

 

Sample 
Atomic Percentage/(%) 

C O N 

Graphite 99 1 0 

0 GO 73 27 

PMG 75 17 8 

Sample 

Impact strength of samples at 

different filler loadings /(KJ/m
2
) 

0% 0.2% 0.4% 0.6% 

GO/Epoxy 1.75 3.14 3.50 2.55 

PMG/Epoxy 1.75 1.16 1.34 0.94 

Sample 

Glass transition temperature of 

samples testing by DMTA /(°C) 

0% 0.2% 0.4% 0.6% 

Epoxy 161 - - - 

GO/Epoxy 161 149 133 116 

PMG/Epoxy 161 161 157 148 

i
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Fig. 1. AFM imges of GO after ultrasonic exfoliation in water (a), THF (b). 

 

 

(a) (b) 
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Fig.3. FESEM images of fracture surface after Izod impact strength test: (a) and (b) neat resin; GO /epoxy nanocomposites 

at (c)0.2wt.%, (d) 0.4wt.% and (e), (f) 0.6wt.%; PMG/epoxy nanocomposites at (g)0.2wt.%, (h) 0.4wt.%, and (i),( j) 

0.6wt.%

(c) (d) 

(e) (f) 

(g) (h) 

(j) (i) 
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1 Introduction 

Fiber orientation affects mechanical properties of 

composite laminates significantly as shown in Fig. 1, 

which illustrates that the strength of a carbon fiber 

reinforced plastic plate depends on the angle 

between the fiber and load direction. If the direction 

of the loads is different form the fiber by 5o, the 

strength reduces by more than 60% in this example. 

Accordingly, if the fibers can be placed along a 

desired path, the composite laminate plate can be 

designed more lightly and more optimally for some 

purposes. To this end tailored fiber placement (TFP) 

methods have been suggested [1-8]. Some 

researchers [1,2] use prepreg tows for processing the 

laminates, while others [3-8] use dry tows, in which 

the dry tows are placed on a substrate by using an 

embroidery machine and impregnated with resin. 

The former method uses costly prepregs, freezers to 

store them, and autoclaves to harden them, while the 

latter method does not use such materials and 

facilities and accordingly the composites processed 

by the latter method are expected to be lower-cost. 

 

Oka et al. [7] proposed a design method for the 

embroidery-based TFP and verified its availability 

for a bending-torsion problem. It was also found that 

the effects of embroidery, such as eyes of a needle 

and thickness variation due to the fiber bundle 

orientation, played important roles on prediction of 

the mechanical properties of the composite 

laminates. In this paper a design method including 

such effects is proposed to predict the mechanical 

properties more precisely. To verify its availability, 

it is examined if eigenfrequencies of a composite 

plate can be controlled by designing the fiber bundle 

orientation, and the error between calculation and 

experiment is evaluated. 

 

2 Embroidery-based TFP 

In this study the embroidery-based TFP method was 

applied. The embroidery machine used here is 

shown in Fig. 2 (Tajima, TCWM-101). When a 

desired path of the carbon fiber bundle is input to the 

embroidery machine, the machine places a 

continuous reinforcement fiber along the desired 

path on a substrate and processes a dry preform. A 

pair of the preforms was symmetrically put together 

as shown in Fig. 3, and impregnated with resin by 

using the vacuum assisted resin transfer molding 

method (VaRTM). Here a carbon fiber bundle (Toho 

Tenax, HTS40-12K) was used as the reinforcement 

fiber, plain woven carbon fabrics (Toho Tenax, 

W3101) with a stacking sequence of (45o/0o) were 

used as the substrate, and epoxy resin (Nagase 

Chemtex, XNR/H6815) was used as the resin. 

 
3 Estimation of Elastic Moduli of Each Layer 

Stiffness of the TFP layer is affected by the 

embroidery effects of not only the eyes of a needle 

and the thickness variation but also interval between 

neighboring fiber bundle paths and included threads. 

The interval, d, and the thickness, t, are related to the 

fiber bundle direction, θ, in the embroidery-based 

TFP.  

d=d0cosθ (1) 

where d0 is the interval between the neighboring 

fiber bundle paths along the reference direction 

defined as θ = 0o here, as shown in Fig. 4. 
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To predict the mechanical properties and to design 

the composite laminates having TFP layers more 

precisely, the effects of embroidery must be 

involved in the stiffness matrix of each layer. The 

stiffness matrix and the thickness must be given by 

functions of the fiber angle, θ, or the interval, d, and 

accordingly they must vary during the optimization 

design process.  

 

The stacking sequence of the TFP laminate plates 

considered here was [TFPL/45o/0o]s. TFPL 

represents the TFP layer and a pair of square 

brackets represents the laminates stitched together 

by the threads. Accordingly, the TFP laminate plates 

were comprised of pairs of TFP layers with the 

threads in the transversal direction and in-plane 

direction, plain woven layers in 45o direction with 

the threads in the transverse direction, and plain 

woven layers in 0o direction with the threads in the 

transverse direction and in-plane direction. These 

three layers are referred to as TFPL, PWmid, and 

PWin, respectively, as shown in Fig. 3. 

 

To obtain the mechanical properties including the 

threads in each layer, [TFPL0o/45o/0o(d)]s, 

[0o/0o(d)], [0o/0o(d)]s, [0o/45o/0o(d)]s were 

processed and the mechanical properties of the 

laminate plates were measured by tensile tests. 

TFPL0o represents the TFP layer with fiber bundles 

placed in the 0o direction on the substrate, and (d) 

represents the intervals of d mm. Although the 

interval between the bundle paths, d, is related to the 

fiber angle, θ, with Eq. (1) in the practical TFP 

laminate plates, only the interval was varied keeping 

the fiber angle in 0o, since the material properties of 

just the single TFP layers were needed to be 

evaluated here. The mechanical properties of each 

layer against the interval were calculated by using 

the classical laminate theory. In this study, the 

relationship between resultant forces and in-plane 

strains becomes 
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E and ν denote Young’s modulus and Poisson ratio, 

respectively, and the subscripts k, x, y, and 45 

represent the material constants in k-th layer, and 

those in the x, y, and 45o direction, respectively. N, ε, 

and γ denote the resultant force, in-plane normal 

strain, and in-plane shearing strain. 

 

The specimens [TFPL0o/45o/0o(d)]s, [0o/0o(d)], 

[0o/0o(d)]s, [0o/45o/0o(d)]s are referred to as TFP, 

PW2, PW4, and PW6, respectively. Here it was 

assumed that the thickness and the material 

constants for the corresponding layer were 

consistent in PW2, PW4, PW6, and TFP. More 

specifically, it was assumed that PW2 consisted of 

(PWsur)s, PW4 consisted of (PWsur/PWin)s, PW6 

consisted of (PWsur/PWmid/PWin)s, and TFP consisted 

of (TFPL0o/PWmid/PWin)s. PWsur represents the plain 

woven layer in 0o direction with the threads in the 

transverse direction and in-plane direction on the 

surface, and it was distinguished from PWin because 

it had irregular surface due to the peel ply and the 

distribution medium for VaRTM. The mechanical 

properties of PWsur can be obtained from PW2, PWin 

from PW4 and the obtained properties of PWsur, 

PWmin from PW6 and the obtained properties of 

PWsur and PWin, and TFPL0o from TFP and the 

obtained properties of PWin and PWmid. 

 

The tensile tests were carried out with a universal 

testing machine (Shimadzu, AG-5000B) following 

JIS K7164. The specimen size was 250mm×25mm. 

The 50mm regions of the both ends were clamped 

through sandpapers (#180) used as friction tabs. The 
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displacement rate was 1.0 mm/min. The strain was 

measured by strain gauges. The test was performed 

at room temperature 23oC. The tensile moduli were 

calculated within the range between 500με and 

2500με. The intervals, d, of the specimens were set 

to 2.0 mm, 1.7 mm, 1.4 mm, 1.2 mm, and 1.0 mm, 

which corresponded to θ = 0o, 30o, 45o, 53o, and 60o, 

respectively, because d0 was set to 2.0 mm later. 

Four specimens for each in the 0o, 45o, and 90o 

direction were cut out from TFP plates, while four 

specimens for each in the 0o and 45o direction from 

PW2, PW4, and PW6 plates, because the properties 

in the 90o direction was assumed to be the same as 

those in the 0o direction. 

 

Fig. 5 shows the elastic moduli for each laminate 

plate. Closed symbols, error bars, and lines represent 

mean, standard deviation, and approximation line, 

respectively. The properties for PW2, PW4, and 

PW6 can be assumed to be independent of the 

intervals, that is, amount of threads. The properties 

for TFP can be approximated by liner functions of 

the interval. The elastic modulus of TFP in the 0o 

direction increases as a decrease in the interval, 

while the elastic moduli in the 45o and 90o direction 

increase with an increase in the interval. The latter is 

attributed to the fact that the volume fraction of the 

TFP layer decreases and the volume fraction of the 

fibers in the 45o and 90o direction increases as the 

interval increases. 

 

Substituting the obtained approximation values into 

the classical lamination theory, Eq. (2), the material 

constants in the longitudinal and transversal 

direction of the fiber were estimated. They are listed 

in Table 1. The subscript L and T represent the 

longitudinal and transverse direction of the fiber, G 

and ρ denote the shearing modulus and the density, 

respectively. The material constants of TFPL were 

assumed to be a linear function again. 

 

Open symbols in Fig. 5(d) represent the elastic 

moduli recalculated with the estimated material 

constants for each layer listed in Table 1. The 

recalculated moduli are seen to be in good 

agreement with the measured values and that 

indicates the validity of the assumption. 

 

 

4 Example Problem 

To verify the availability of the proposed design 

method using the material constants including the 

embroidery effects obtained with the classical 

laminate theory, this method was applied to an 

example problem. In the example problem, 

eigenfrequencies of a [TFP/45o/0o]s cantilever plate 

with a size of 150 mm by 100 mm as shown in Fig. 

6 were controlled so that the first eigenfrequency 

became larger than 80 Hz and the difference 

between the first and the second eigenfrequency 

became as large as possible. This problem is 

specifically formulated as 

Find: ],,[ 151  θ  

which minimalizes: 

)12()( FreqFreqCf θ ; 

1/)12(  CFreqFreq  

subject to constrains: 
oo 6060  i )15,,1( i , 

o
1 15 jj   )15,,2( j , 

Hz801Freq . 

(3) 

The cantilever plate was divided by 15 elements 

along the longitudinal direction. θi, Freq1, and 

Freq2 denote the fiber angle in the i-th element, the 

first, and the second eigenfrequency of the plate, 

respectively. The fiber angle θi was limited within 

±60o and the difference in fiber angle between the 

neighboring elements within ±15o. 

 

For the optimization, the subproblem approximation 

method built in ANSYS ver. 12 was used. There, (1) 

N+2 sets of design variables were generated. N is 

the number of the design variables and equals 15 

here. (2) The relationship between the objective 

function and the design variables and the 

relationship between the state variables and the 

design variables were estimated by curve fitting. (3) 

The set of design variables was found, which 

minimized the approximation curve of the objective 

function subject to the constrains by applying a 

sequential unconstrained minimization technique. 

Finally, (4) convergence was checked. This process 

was repeated with the new set of design variables 

until the solution was converged. If the solution was 

not converged after 500 cycles, the best solution was 

assumed to be an optimal solution here.  
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The solution around a local minimum of the object 

function was sometimes obtained. To find the global 

minimum, a kind of sweeping method was applied 

here. In the method, 2N design variable sets were 

generated manually, where a design variable was 

replaced with the minimum or the maximum value 

within the range of constrains with respect to the 

fiber angle and the rest of design variables were 

fixed to the values for the local optimal solution. 

The set of design variables which gave the best 

solution among the 2N design variable sets was used 

as an initial set and the optimization cycles of the 

subproblem approximation method were performed 

again. The best solution of the third optimization 

cycles was assumed to be the optimal solution of this 

problem. 

 

The optimal path for this example problem is shown 

in Fig. 7 and the first and the second 

eigenfirequency in this case are listed in column 

“VAR” × line “OPT” in Table 2. The 

eigenfreqiencies of the plates having TFP layers 

with a uniform fiber bundle angle of 0o, 45o, and 60o 

were also calculated. Of course, the eigenfreqiencies 

were not controlled in these cases. The calculations 

were carried out by using the three kinds of material 

constant sets. One had material constants variable as 

functions of the interval between the fiber bundle 

paths, and the results are listed in the column 

“VAR”. The others had material constants 

independent of the interval, where the material 

constants for the interval of 1 mm and 2mm were 

used and the results are listed in columns “1mm” 

and “2mm”, respectively.  

 

The first vibration mode was bending and the second 

vibration mode was twisting. It is seen from Fig. 7 

that the fiber angle became close to 0o around the 

root and 50o around the middle of the plate. The 

former may affect increasing the first 

eignefrequency and the latter may affect increasing 

the second eigenfrequency. 

 

Looking at the column “VAR”, it is seen that the 

constraint of the first eigenfrequency equal or more 

than 80 Hz is not satisfied for the plates with 

uniform fiber directions of “45o”and “60o”, and that 

the plate with “OPT” placement of fibers is surely 

optimized for the objective function under the 

constraints. The constraint of the first 

eigenfrequency is not satisfied for the plate even 

with “OPT” placement when the material constants 

set for “2mm” interval was used. This is because the 

fiber path of “OPT” was optimized using the 

material constants for “VAR” and EL and t for 

“2mm” is equal or less than “VAR”. The calculated 

eigenfrequencies of “1mm” or “2mm” are different 

from “VAR”. In this table, the maximum error is 

approximately 50% between the material constants 

of “VAR” and “1mm” at the first eigenfirequency 

for the plate with fibers placed in uniform direction 

of 0o. 

 

The validity of the predicted results was verified by 

comparing to experimental results. The experimental 

setup is shown in Fig. 8. A specimen was clamped 

by a vice. Vibration was generated by giving an 

impact with a hammer. The vibration was measured 

by a strain gauge, a bridge box (Tokyo Sokki 

Kenkyujo SB-121A), and a dynamic strain meter 

(Tokyo Sokki Kenkyujo, DA-37A) and recorded in a 

digital oscilloscope (Yokogawa, DL-708E). The 

eigenfrequencies were calculated in the digital 

oscilloscope. The obtained eigenfrequencies are also 

listed in the column “EXP” in Table 2. 

 

The measured eigenfrequencies in “EXP” agree well 

with “VAR”, which have a margin of error of 

approximately 10% due to manufacturing errors of 

the plates for the example problem and the plates for 

measurement of the material constants, the 

assumption for estimation of the material constants, 

and so on. Moreover, “OPT” is approximately 

optimal in the experiment, although the constraint of 

the first eigenfrequency is not satisfied because of 

the errors. The first eigenfrequency cannot be known 

before the experiment. Such a value might not be 

adequate to be included in the constraints because 

experiments involve errors. Nevertheless, when a 

structural optimization must be carried out with such 

constraints, the error margin should be considered. 

 

5 Conclusion 

A design method for TFP layers processed by an 

embroidery machine was improved by considering 

the effects of embroidery such as the eyes of a 

needle, the threads, the thickness variation, and the 

interval variation between the neighboring fiber 
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bundle paths. To estimate the material constants of 

each layer the classical laminate theory was applied. 

It was seen that the material constants of TFP layer 

could be assumed to be a linear function of the 

interval and those of the plain woven layers could be 

assumed to be constant. Using the estimated material 

constants, a structural optimization analysis was 

carried out. By considering the effects of embroidery, 

the result was improved. The prediction agreed well 

with the experiment, differing by approximately 

10% due to the manufacturing error and the 

assumption. Therefore, when a structural 

optimization is carried out, the error margin should 

be taken into account. 
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Table 1 Estimated material constants for each layer. 

 PWin PWmid TFPL(d [mm]) 

EL [GPa] 54.5 59.7 -14.2d+154.5 

ET [GPa] - - 1.9d+4.7 

νLT 0.08 0.12 0.02d+0.34 

νTL - - 0.008d+0.009 

GLT [GPa] 3.6 5.2 0.4d+3.8 

t [mm] 0.26 0.23 -0.3d+1.1 

ρ [g/cm
3
] 1.4 1.3 -0.09d+1.69 

 
 

 
Table 2 First and second eigenfrequencies in Hz 

for various laminate plates and 

for various sets of material constants and experiment. 

Orientation  1mm 2mm VAR EXP 

0o 
1st 164 110 110 101 

2nd 256 204 204 184 

45o 
1st 62 51 58 52 

2nd 267 227 252 224 

60o 
1st 49 42 49 54 

2nd 226 198 226 236 

OPT 
1st 95 73 80 72 

2nd 297 242 260 230 
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Fig. 1. Variation of strength against the angle between the 

fiber and load direction. 

 

 

 

 

 

 
Fig. 2. Embroidery machine. Tajima TCWM-101. 
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Fig. 3. Schematic diagram of the laminate with stacking 

sequence [TFPL/45o/0o]s. Red lines represent the stitched 

threads. 

 

 

 

 

 

 
 

Fig. 4. Variation of interval between the neighboring fiber 

bundle paths due to the fiber bundle angle. 
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(a) PW2 

 

 

 
(b) PW4 

 

 
(c) PW6 

 

 

 
(d) TFP 

 

 
 

Fig. 5. Elastic moduli of the various laminate plates. 

Closed symbols, error bars, and lines represent mean, standard deviation, and approximation line, 

respectively. Open symbols in (d) represent the elastic moduli recalculated by using the estimated 

material constants for each layer listed in Table 1. 
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Fig. 6. Cantilever plate of the example problem. 

 

 

 

 
 

Fig. 7. Optimal fiber bundle paths. 
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Fig. 8. Experimental setup for the measurement of 

eigenfrequencies. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
 
Fracture toughness in a carbon fiber reinforced 
polymer (CFRP) composite is very important for 
damage resistance and tolerance of an aircraft’s 
primary structures. Mode I fracture toughness could 
be improved by a nanosized reinforcement 
incorporated into the polymer matrix while Mode II 
utilizes an interlaminar toughener localized in an 
interlayer region between two fiber beds. The latter 
leads to formation of insulation layers of 
interlaminar tougheners in the composite, and hence 
could reduce its z-direction electrical conductivity.  
 
Multi-wall carbon nanotubes (MWCNTs) offer 
significant strength and modulus in addition to high 
thermal conductivity and stability, and electrical 
properties [1]. MWCNTs can potentially be utilized 
in many industries including semiconductor, 
electronic, energy, healthcare, automobile, and 
aerospace. 
 
Under proper conditions, MWCNT forests 
(vertically aligned CNT arrays of at least 350 um 
tall) exhibit special properties of drawability in that 
forests can be drawn into continuous, high quality 
sheets. These sheets, in turn, can be twisted into 
nanotube yarns [2, 3]. It was observed that the 
drawability of MWCNTs depended strongly on the 
degree of MWCNT alignment in a forest. In 
addition, a MWCNT forest with volumetric density 
of at least 39 mg/cm3 was drawable. Higher 
volumetric MWCNT densities would yield better 
aligned and more drawable forests, hence continuous 
CNT sheets.   
 
CNTs in a drawn sheet are held strongly by Van der 
Waals forces and aligned in the drawing direction. 

Better alignment of CNTs could be achieved by 
applying some tension to the sheet before being 
wound onto a roller [4]. 
 
Recently, some researchers have attempted to use 
MWCNTs to reinforce structural polymers for their 
strength and modulus improvements. Cheng et al. 
[5] showed that a mat of random CNTs and BMI 
polymer (up to 60% CNTs by volume) increased 
tensile strength significantly, comparable to IM7 
CFRP.  Other researchers tempted to use aligned 
CNTs drawn from a CNT forest [4-6].  Wang et al. 
[4] showed that when CNT volume exceeded 50% 
and CNTs were well aligned by stretching the drawn 
sheet, the composite had tensile strength and 
modulus exceeding intermediate modulus CFRP.   
 
While promising a potential for light-weighing 
applications in automobiles and aerospace, 
producing a large scale of aligned CNTs beyond 
laboratory is ultimately challenging.  Recent 
attempts include University of Texas at Dallas 
(UTD) for growing CNT forests on a flexible 
stainless steel substrate [7] with a length more than 
10 in, University of Cincinnati [8] for an electric 
driven double roller-belt apparatus for automatically 
drawing CNT sheets from CNT forests and 
depositing them on a substrate up to 300 mm x 2000 
mm.  Other efforts include growing CNT forests on 
silicon wafers wider than 2 in.   
 
Nevertheless, real potentials of CNTs would rather 
be fully realized for structural applications when 
combined with carbon fibers.  Yet, due to high 
aspect ratio of CNTs, incorporating a large amount 
of random CNTs into a structural polymer is very 
difficult. Aligned CNT sheets, on the other hand, 
could address this issue by being applied directly 
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onto surfaces of a resin film and/or a resin 
impregnated reinforcing fibers, viz. a prepreg.  In 
addition, due to their thinness they provide better 
flexibilities than CNT mats to be incorporated in the 
prepreg at a desired location.  
 
This paper introduces aligned CNT parallel to the 
fiber’s direction as an interlaminar reinforcement to 
address both mode I and mode II interlaminar 
fracture toughness of CFRP. The importance of 
tube’s alignment and location of the CNT layer with 
respect to the carbon fiber bed in model prepregs 
with and without interlayer tougheners are 
discussed. 
 

2 Materials and Methods 

2.1. Materials  

Spinnable non-functionalized MWCNT forests of 
about 400um tall were prepared by University of 
Texas at Dallas (UTD) on silicon wafers [1-3].  A 
model intermediate modulus carbon fiber was 
supplied by Toray Industries, Inc. (Japan).  Two 
model aerospace-grade resin systems with and 
without interlayer tougheners were formulated by 
Toray Composites (America) Inc.  
 

2.2 Methods 

2.2.1. Prepreg fabrication with aligned CNT sheets.  
A continuous dry aligned CNT sheet with a 
densified density of about 0.02 g/m2 and up to 2-in 
wide was drawn from a CNT forest and transferred 
onto a roller wrapped around by a model resin film 
on a support paper (230 mm x 50 mm) as shown in 
Fig. 1.  An infrared tachometer was placed above the 
rotating motor to count the number of turns. 
Maximum rotation was 15 rpm. Multiple turns of the 
CNT sheet was applied onto a certain area of the 
film to achieve an appropriate loading of CNTs 
before the next area was fabricated with the same 
number of turns.  One turn represents one CNT sheet 
on the film. 
 
Films with and without CNTs were impregnated 
onto a carbon fiber bed by a hot-melt process using 
heat and pressure. For other prepregs, CNT sheets 
were applied directly onto a prepreg’s surface.  
Table 1 shows all prepreg configurations in the 

present study.  All prepregs have a fiber area weight 
(FAW) of 190 g/m2 and resin content of 35 wt%.  
The fiber volume was about 55%. 
 
2.2.2. Prepreg fabrication with random CNT sheets.  
Non-functionalized random CNTs with a length 
between 1 to 10 um were mixed by a mechanical 
mixer in the same host resin as used for aligned 
CNTs.  The modified resin was made into a film on 
a release paper by a knife coater.  The films, one on 
each side, were impregnated onto a fiber bed.  
 
2.2.3. Laminate fabrication and test methods.  
Double cantilever beam (ASTM D 5528) and end 
notch flexure (JIS K 7086) were used to determine 
GIC and GIIC, respectively.  Twenty unidirectional 
(UD) plies were needed for these tests.  A Teflon 
film was placed in the mid-plane of each stack at 
one end for crack initiation.  The stack was cured in 
an autoclave at 180 0C for two hours with a ramp 
rate of 1.7 0 C/min and pressure of 0.59 MPa.  
 
For laminates with CNTs, only two plies with CNTs 
were placed in the center of each laminate where 
crack is propagating through during testing.  Other 
plies were the corresponding control plies without 
CNTs. 
 
2.2.2 Failure mode observation. A Nikon 
OPTIPHOT-100 optical microscope was used to 
look at fracture surfaces.  For higher magnification, 
a JEOL 7500F SEM was used to examine in-depth 
failure modes including alignment of CNTs, 
adhesion of CNTs to a resin, and distribution of 
CNTs in a laminate. 
 

3. Results and Discussion 

3.1. Aligned CNTs 

3.1.1. Prepreg and laminate quality. Fig. 2 shows an 
example of aligned CNT sheets deposited on prepreg 
#2. Good alignment of CNTs in the fiber’s direction 
was observed.   

Fig. 3 shows an example of cross-section of a 
laminate made from prepreg #6, where the CNT 
layer comprising 100 CNT sheets was sandwiched 
between a zone without interlayer tougheners and a 
zone with interlayer tougheners.  From the 
micrograph void content less than one percent 
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similar to laminate #4 (control) was observed, 
indicating a high quality laminate #6.  In addition, 
the laminate had a layer of interlayer tougheners of 
about 20-25 um thick in the center, followed by two 
layers of CNTs, one on each side, of about 10-15 
um.  Note that since resin could impregnate these 
CNT layers, their thicknesses were increased about 
twice compared to a dry densified layer. As a result 
the total interlaminar thickness was about 40-55 um.   

 

3.1.2. Prepreg without interlayer tougheners. Table 
2 shows the normalized values of GIC and GIIC of the 
laminates with CNTs to those of the control.  
Laminate #1 made from prepreg #1 is the control 
whereas laminates #2 and #3 were made from 
corresponding prepregs #2 and #3.  These prepregs 
do not contain interlayer tougheners and have CNT 
sheets located at or away from the center of the 
laminate, respectively.  

 

Laminate #2 with the CNT layer located at the 
center resulted in a significant reduction of GIC. 
Optical micrograph in Fig. 4 indicates that crack 
propagated within the thick interlayer of the 
laminate of about 20-30 um (200 CNT sheets 
totally).  SEM image in Fig. 5 confirms that no 
carbon fibers were exposed after fractured. In 
addition, there might be weak adhesion of CNTs to 
the resin. It was noticed that when the interlayer 
thickness was reduced to about 5 um (50 CNT sheets 
totally), some carbon fibers were exposed and yet 
crack still somehow propagated in the mid-plane, 
resulting in some fiber bridging. This increased GIC 
from the previous case, but still substantially lower 
than the control.   

 
Laminate #3 with CNT layers located closer to 
carbon fibers compared to laminate #2 had GIC 
similar to laminates #2.  For both configurations, 
improving adhesion between CNTs and resin could 
lead to an improvement in GIC. 
 
Compared to the control, laminate #2 provided a 
similar GIIC. For this case the thick interlayer (20-30 
um) comprising CNTs alone could resist crack 
growth just as much as the control with much less of 
the interlayer thickness.  Similar GIIC value was 

rationalized for laminate #3 if the test was carried 
out.  In either case, crack escaped the interlayer and 
propagating into the intraply.  Better adhesion of 
CNTs to the resin might provide a higher GIIC. 
 

3.1.3. Prepreg with interlayer tougheners.  Table 2 
shows the normalized values of GIC and GIIC of the 
laminates with CNTs to those of the control.  
Laminate #4 made from the prepreg #4 having 
interlayer tougheners localized outside of the fiber 
bed is the control.  Additionally, CNT layers were 
added to the prepreg #4 to make prepregs #5-7 and 
laminates #5-7, respectively. These laminates have 
CNT layers located in the center of the laminate 
(#5), in between two resin layers (#6), and in 
between the carbon fiber layer and the zone without 
interlayer tougheners (#7).  

 

Similar to laminate #2 where CNT layers are located 
in the center, laminate #5 provided a significant GIC 
reduction.  SEM images showed that crack 
propagated in the CNT layer and therefore, no 
carbon fibers were exposed after fractured.  No GIC 
were obtained for laminates #6, 7, but it was 
rationalized that similar GIC could be obtained. 

 
Interestingly, GIIC was found to be significantly 
improved, especially when CNT layers were placed 
away from the mid-plane, behind the interlayer 
toughener layer (laminates #6, #7).  The higher the 
amount of CNT sheets led to higher values of GIIC 
more than 50% for these laminates, compared to the 
control. The substantial improvement in GIIC could 
be due to a more compact interlayer toughener layer 
induced by CNT layers placed behind it as seen in 
Fig. 3.  Since crack could not find resin rich areas to 
escape from and penetrate the intraply, it was 
contained in the mid-plane. 
 
Fracture surfaces of laminates #6 and #7 with high 
loading of CNT sheets (about 3.7 wt% of total resin) 
were further examined to understand the failure 
mechanisms.  Three cases responsible to a large 
coefficient of variation were found and summarized 
in Figs. 6-8.  Fig. 6 shows an example of constant 
GIIC values after the first crack.  Note that value from 
first crack is typically excluded in the calculation of 
averaged GIIC. SEM images indicate that no carbon 
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fibers were exposed, i.e., crack was effectively 
contained in the interlayer.  Fig. 7 shows an example 
of increasing GIIC values after the first crack up to 
100% compared to the control.  SEM images 
indicate that some carbon fibers were exposed, 
leading to intraply delamination.  However, crack 
growth was contained and therefore, no progressive 
intraply delamination occurred. Fig. 8 shows an 
example of substantially decreasing GIIC values from 
70% higher than the control for the 2nd crack to 30% 
after the 4th crack.  SEM images indicate that a 
significant amount of carbon fibers were exposed 
after 2nd crack (white area), i.e., crack was not 
effectively contained in the interlayer leading to 
progressive intraply delamination.  
 
From observation of cured ply thickness from cross 
sections, it was rationalized that prepreg fabrication 
process could play a big role for the observed three 
cases.  Better control of how aligned CNT sheets 
were applied onto resin films and subsequently 
better control of the hot-melt process to impregnate 
the CNT modified resin films onto fibers could have 
tightened coefficient of variation in GIIC.   
 
It was expected that for laminate #5 when CNT 
layers were in the center regardless of CNT loading, 
GIIC would not be improved much from the control.  
It is because the CNT layer might not be effective 
enough to keep crack growth within this layer as 
seen in laminate #2.  Crack, therefore, could escape 
this layer easily and propagate in the interlayer 
toughener layer located right behind, which results 
in a similar failure mechanism as the control.  
However, it was anticipated that the thickness of the 
CNT layer would be narrower compared to that of 
laminate #2 because the interlayer toughener layer 
could minimize resin flow into the CNT layer during 
cure. By having a denser CNT layer, crack might be 
contained better than laminate #2, which could give 
some improvement.  Future work will look into this. 
 

3.2. Random CNTs 

3.2.1. Prepreg without interlayer tougheners. Table 
3 shows the normalized values of GIC and GIIC of the 
laminates with CNTs to those of the control.  
Laminate #1 made from the prepreg #1 is the control 
whereas laminate #8 was made from corresponding 
prepreg #8.  For laminate #8 where CNT are located 

in the center of the laminate, with an amount of CNT 
in the resin up to 1.9wt%, GIC did not improve 
versus the control.  Yet, certainly it was better 
compared to similar laminate configurations with 
aligned CNTs (laminates #2, #3).  GIIC on the other 
hand improved about 20% compared to the control 
and similar to laminate #2 with aligned CNTs.  
Effects of CNT alignment on GIC is, therefore, more 
significant than on GIIC for these prepregs without 
interlayer tougheners. 

3.2.2. Prepreg with interlayer tougheners. Table 3 
also shows the normalized values of GIC and GIIC of 
the laminates with CNTs to those of the control.  
Laminate #4 made from the prepreg #4 is the control 
whereas laminate #9 was made from corresponding 
prepreg #9.  Construction of laminate #9 was similar 
to laminate #6 with aligned CNTs.  However, 
laminate #9 contained about 3.0 wt% of random 
CNTs in the total resin compared to an estimate 3.7 
wt% in laminate #6.  Both GIC and GIIC for laminate 
#9 improved significantly compared to the control.  
Though GIC was not tested for laminate #6, it was 
expected to have a lower value than laminate #9.  
GIIC, on the contrary, was much higher for laminate 
#6 than laminate #9 with a similar CNT loading.  As 
a result, effects of CNT alignment seems to be more 
profound in GIIC than GIC for these prepregs with 
interlayer tougheners 

 

4 Conclusions 
Aligned CNT sheets showed some promise to 
improve mode II fracture toughness when used with 
interlayer tougheners and placed between the 
interlayer toughener layer and the fiber layer.  Good 
alignment of CNTs in the fiber’s direction was 
found to be important to maximize GIIC given a CNT 
loading. In addition, CNT sheet fabrication and 
prepreg process could play an important role.  On 
the other hand, potential of CNT sheets to enhance 
GIC fracture toughness has not been realized, which 
might be due to their poor adhesion to the resin.  
Yet, random orientations of CNTs in prepregs 
without interlayer toughners or thin CNT layer in 
prepregs with interlayer tougheners were shown to 
be in favor.   Additional work is needed to confirm 
synergistic effects of CNT alignment and good 
adhesion of CNTs to the resin for both prepregs with 
and without interlayer tougheners. 
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Table 1 – All prepreg configurations (through thickness view) for the present study 

 
 
Table 2 – Fracture toughness data of laminates with and without aligned CNT sheets.  Average values of at least three 
coupons (three measurements per coupon) are shown. 
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Table 3 – Fracture toughness data of laminate
with and without random CNTs.  Average values of at 
least three coupons (three measurements per coupon) are 
shown. 

 
 

 
Fig. 1 – Fabrication of CNT sheets onto the surface of a 
roller 
 

 
Fig. 2 – 100 CNT sheets of 0.02g/m2 on the prepreg #2 
shows substantial alignment of CNT in the fiber’s 
direction 

 

 
Fig. 3 – Cross-sections of laminate #4 (control, top) and 
laminate #6 (bottom) from prepregs #4 and #6, 
respectively. Laminate #6 with 100 sheets of aligned 
CNTs (about 3.7 wt% in total resin) shows an interlayer 
toughener layer at the mid-plane of about 20-25 um thick 
and two CNT layers, one on each side, of about 10-15 
um thick.  Scale bar is 20 um. 
 

 
Fig. 4 – Fracture surface of laminate #2 shows crack 
propagates in the CNT layer.  
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Fig. 5 – SEM image of fracture surface of laminate # 2 
shows substantial alignment of CNTs in the fiber 
direction. 
 

 
Fig. 6 – Fracture analysis of constant GIIC after initial 
crack (#1). Scale bar is 1 um. 
 

 
Fig. 7 – Fracture analysis of increasing GIIC after initial 
crack (#1). Scale bar is 1 um. 
 

 
Fig. 8 – Fracture analysis of decreasing GIIC after initial 
crack (#1). Scale bar is 1 um. 
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1 Introduction  
Adhesion between carbon fibers and a polymer 
matrix has been documented to substantially affect 
mechanical properties of carbon fiber reinforced 
polymer (CFRP). Adhesion level generally relies on 
the formation of an interphase between the sized 
carbon fiber and the polymer matrix and chemical 
interactions within this interphase. Yet, strong 
adhesion is not always sought since adverse effects 
could be resulted, as commonly observed in 
conventional CFRP systems. However, the authors 
previously showed that if the interphase could have 
been toughened by a nanosized reinforcement, 
synergistic effect of strong adhesion and high 
fracture toughness of the interphase could 
maximize certain key properties of the composite 
and eliminate some common trade-offs in 
conventional CFRP systems [1].  
 
This paper discusses importance of the carbon fiber 
surface in contribution to adhesion and 
subsequently a robust interphase formation by a 
self-assembled process of the nanosized 
reinforcement. Model systems are illustrated to 
demonstrate the concept. Several carbon fiber 
surfaces created by different levels of surface 
treatment were quantified and compared among X-
ray photoelectron spectroscopy (XPS), atomic force 
microscopy (AFM), and inverse gas 
chromatography (IGC).  Effects of surface 
chemistry on adhesion between the fiber and 
polymer matrix were documented by interlaminar 
shear strength (IFSS) of single fibers and 
interlaminar shear test (ILSS) of CFRP. Effects of 
the reinforced interphase on the selected carbon 

fiber composite’s performance were illustrated by 
tensile and open-hole tension (OHT) strengths. 
 
2 Materials and Methods 

2.1 Materials  

A model PAN-based carbon fiber, viz. C0, having 
intermediate modulus was made by Toray 
Industries, Inc. (Japan).  The fiber was oxidized by 
a wet chemistry method using two different 
oxidizing agents A and B.  Four oxidization levels 
per agent were performed. Table 1 summarizes the 
virgin fiber (control) and resulting oxidized fibers 
studied in the present paper. 
 
A model epoxy resin system was formulated by 
Toray Composites (America) Inc. for composite 
tests.  The resin contained a mixture of epoxies, a 
curing agent, a migrating agent and a type of 
nanoparticles. 
 

2.2 Methods 

2.2.1. Surface topography.  A JEOL 7500F SEM 
equipped with a gentle beam technology was used 
to examine and compare nanostructures on the fiber 
surfaces.  Individual fibers were cut into short 
lengths and suspended in methanol by sonication. A 
small drop of solution was placed on a TEM grid on 
a filter paper. The TEM grid was removed after the 
solvent was evaporated and glued onto an 
aluminium stud. No coating was applied to the short 
fibers to preserve surface nanostructures.  Images 
were taken at 500V and a working distance between 
2-3 mm. 
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2.2.2. Surface chemistry mapping. A Witec 
Alpha300 equipped with a digital pulse forced 
mode (AFM-DPFM) from University of Idaho 
(Moscow, Idaho) was used to map adhesion forces 
between a tip and a location on the carbon fiber 
surface [2].  Two types of AFM tip with a force 
constant of 0.021 N/m and 0.074 N/m (Nanosensors 
PointProbes, PPP-CONTR) were used to map 
surface of carbon fibers A and B, respectively. 
Typical settings were set point of 0.5V, scan rate of 
0.6  lines/s, 256 x 1024 pixels for 0.5 x 5 um, and 
PFM frequency of 1 kHz. 
 
An inverse gas chromatography (IGC) from Surface 
Measurement Systems Ltd. (London, UK) was used 
to obtain dispersive surface energy and BET surface 
area of the fibers [3]. Each fiber was cut into a 
length of about 5 mm and packed into a glass 
column up to 2 g of fibers.  The column was 
preconditioned at 120 0C for 2 hr before taking 
measurements. 
 
2.2.3. Mechanical tests.  Adhesion tests were 
carried out by a single fiber fragmentation test [2] 
and short beam shear (ASTM D-2344). Test 
coupons of the latter test were fabricated by a resin 
infusion method. 

Tensile and open-hole tension tests were carried out 
according to ASTM D 3039 on 6-ply unidirectional 
zero degree and ASTM D 5766 on 8-ply quasi-
isotropic layups, respectively. The prepregs were 
made by a hot-melt process using heat and pressure.  
Fiber area weight (FAW) and resin content were 
190 g/m2 and 35 %. Fiber volume was about 55 %. 
Panels were cured in an autoclave at 180°C for 2 hr 
with a ramp rate of 1.7°C/min and a pressure of 
0.59 MPa.  

3 Results and discussion 
3.1. Surface topography. The virgin fiber C0 was 
surface treated by oxidizing agents A, B using a wet 
chemistry method.  Four different oxidization levels 
(conditions 1-4) per oxidizing agent were obtained. 
XPS was used to quantify the ratio of oxygen to 
carbon element (O/C). Generally, the more 
aggressive surface treatment condition (i.e., 
strength) leads to the higher O/C ratio. Table 1 
shows that normalized O/C ratio to the virgin fiber 

C0 increases rapidly for mild conditions and 
reached a plateau after 3rd condition, and 2nd 
condition with oxidizing agents A and B, 
respectively.   
 
Fig. 1 illustrates examples of carbon fiber A’s 
surfaces obtained from SEM.  As shown, long and 
fat ribbons of the control (fiber C0) started to get 
shorter and thinner after condition #2 (fiber A2), 
indicating the fiber surface was effectively oxidized 
by the agent A.  As more harsh conditions were 
applied these ribbons became very short but more 
uniform (fibers A3-A4). As a result, the fiber 
surface became flatter.   
 
Similar surface topography could be observed for B 
fibers in Fig. 2.  After condition #2 the fiber started 
to show significant surface damages (fiber B3).  Up 
to condition #4 the fiber surface started to peel off 
(fiber B4).  Note that some loose structures on the 
fiber surface, especially for fibers A3-A4, and B3-
B4, might have been removed during sample 
preparation by sonication in methanol. 
 
Comparing SEM images and O/C ratio, one could 
rationalize that surface damages could contribute to 
the plateaus of O/C presented in Table 1. 
 
3.2. Surface chemistry 
3.2.1. AFM. Atomic force microcopy equipped with 
a pulse force mode (AFM-PFM) was interested to 
map the distribution of oxygen groups on the fiber 
surfaces as well as to quantify surface roughness 
observed by SEM images.  AFM-PFM technique 
has been used expensively to map a flat surface 
chemistry by quantifying adhesion forces between a 
tip and an area on the surface beneath the tip.  To 
date, the authors have demonstrated that this 
technique could be applied to a curve surface such 
as carbon fibers [2].  Yet, extreme care should be 
taken not only on sample preparation but also 
operation parameters so that the average adhesion 
per scanned area size could be compared among 
different fiber surfaces. 
 
Fig. 3 compares representative adhesion maps from 
different oxidization levels using the agent A in 
addition to topography maps.  Optimal scan size 
was 0.5 um x 5 um to minimize curvature effect on 
the largest possible area. Each fiber without 
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sonication in methanol was taped on a silicon wafer 
individually and without touching one another to 
avoid vibrations during scanning. Going from the 
control to fiber A2 similar topography and adhesion 
map were observed. Yet, from condition #3 the 
surface appeared a little flatter and adhesion map 
became grainier.  The opposite was true for 
condition #4.  While topography appeared to have 
some transition from a bumpy surface to a smoother 
surface and vice versa, adhesion maps for all 
conditions were found to be uniform, implying that 
uniform distribution of surface groups on these 
fibers, i.e., very good control of surface treatment 
with the agent A.  Similar trends could be observed 
for surface treatment with the agent B.  As shown in 
Fig. 4, however, more dramatic surface changes 
were found.  Note that a softer cantilever was used 
for B fibers.  This affects adhesion significantly, but 
a little to none to topography.   
 
Quantifying surface topography change by both 
average (Ra) and root-mean-square (RMS) surface 
roughness and adhesion were performed. Though, a 
relatively small number of good images of at least 5 
on multiple individual fibers was used, these 
averages could give a rough idea how the surface 
changed after each surface treatment condition.  For 
better statistically meaningful averages, the sample 
size should have been much larger.  The summaries 
are presented in Figs. 5-6. The average surface 
roughness values in Fig. 5 corroborate observations 
from SEM images (Figs. 1-2) and AFM topography 
images (Figs. 3-4).  Though no BET surface area of 
B fibers was taken, that of A fibers seems to 
correlate well with surface roughness by AFM.  A 
higher surface roughness by the agent B for 
conditions, #3, #4 than #2 could be due to where 
the scanned areas on the fibers were taken place.  
As observed from SEM images, these conditions 
damaged surface greatly, especially the latter could 
cause the outer layer to peel off.   
 
3.2.2. IGC. Inverse gas chromatography was 
interested to complement the traditional XPS or 
potentially to replace XPS as it is capable of 
sampling a much larger size of carbon fibers.  
Surface chemistry as well as roughness of a surface 
could be represented by surface energy and 
acid/base characteristics of the surface and BET 
surface area. Recently, Surface Measurement 

Systems Ltd. (London, UK) has advanced IGC with 
an automatic probe injection system, high injection 
volumes and ease of data analyses. Figs. 7 and 8 
correlate dispersive surface energy at 60 0C to O/C 
ratio for A and B fibers, respectively.  It was 
noticed that the precondition at 120 0C for 2 hr 
effectively removed physisorbed species such as 
water, CO, CO2 [4-5], leading to a relatively clean 
surface thus higher surface energy than without 
precondition.  In addition, for highly oxidized fiber 
surface probe gases were found to be more difficult 
to traverse through the column packed with short 
fibers.  Hence, higher column temperature would be 
needed.  Yet, surface energy in most cases linearly 
decreasingly proportional to temperature.  For the 
purpose of this paper one column up to 2 g of fiber 
per fiber type was used.  Dispersive component of 
surface energy, or dispersive energy probed by a 
series of alkane gases was of interest.  For 
comparison among surfaces a stable dispersive 
energy at 60 0C was found.  Similar to other 
methods, IGC also had some difficulty probing the 
surface at high O/C ratios at which surface damages 
extensively occurred.  Therefore, no data was 
available for fiber B4 at condition #4 at 60 0C.  
Interesting, surface energy continued to increase 
though other techniques to probe surface chemistry 
such as XPS approaching a plateau.  This could be 
because the probe gas molecules can penetrate the 
surface deeper beyond a location that other methods 
could reach.  BET surface area from fibers A 
corroborated this finding.  In addition, since a much 
larger sample size was used, the average dispersive 
energies represented surface chemistry of hundreds 
of thousands of fibers versus one or more fibers 
from other techniques. 
  
3.3. Adhesion versus surface topography and 
chemistry 
Average values of adhesion in Fig. 6 show a similar 
tendency as surface roughness versus O/C ratio.  
Adhesion increased with increasing O/C ratio and 
reached a plateau once significant surface damages 
started to play a role. Adhesion was higher for B 
fibers compared to A fibers due to softer cantilever 
used.  At higher surface damages, i.e., fibers A4 
and B3-B4, adhesion was decreased.  These 
measurements, depending on the location on the 
fiber, could represent adhesion between the tip and 
a subsurface underneath the oxidized outer layer. 
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Figs. 7 and 8 also compare adhesion by IFSS vs. 
ILSS for fibers A and B, respectively.  ILSS shows 
a similar trend as AFM adhesion.  Yet, IFSS on the 
other hand showed a great fluctuation versus O/C 
ratio at harsh conditions.  Since the measurement 
came from a small sample size of single fibers, it 
was expected that some fibers or some fiber 
lengths, which were weaker than others, could be 
selected for the test.  In addition, the highly 
oxidized outermost layer of these fibers while 
adhered well to the polymer matrix could be peeled 
off.  Since this layer was not strongly bound to the 
core, IFSS could be lower. ILSS, on the other hand, 
with a large fiber volume (~50%) provided a better 
statistically meaningful average.  Note that a large 
fiber volume could cause other complications, yet 
the discussion is beyond the scope of this paper. 
 
From AFM, IFSS, ILSS observations, one can 
conclude that the contribution of surface chemistry 
to adhesion between a fiber and the polymer matrix 
play a more important role under mild surface 
treatment conditions at which oxygen content 
increased without penalizing much surface 
damages.  However, at a certain level of surface 
treatment it is difficult to discount the contribution 
of surface damages hence roughness. Under harsh 
conditions, contribution from both surface 
roughness and surface chemistry could be similar.  
Yet, adhesion could be lower as the outermost layer 
while adhered strongly to the polymer matrix was 
weakly bonded to the core and skinned off more 
easily. 
 
3.4. Self-assembled toughened interphase (SATI) 
Surface chemistry and surface topography play a 
unique role in creating an interphase between a 
fiber and a polymer matrix.  The requirement for 
the fiber surface is to have an optimal balance of 
O/C ratio and surface roughness.  Yet, there should 
be a high enough O/C ratio so that a sizing material 
could be bonded to the oxygen functional groups on 
the surface on one end and functional groups of the 
polymer matrix on the other end.  To illustrate the 
importance of fiber surface chemistry and 
topography on composite’s properties, carbon fiber 
B2 was selected.  A proprietary sizing material was 
coated on the fiber.  A model aerospace grade resin 
was formulated with a migrating agent and a type of 
nanoparticles.  The resin was impregnated on the 

sized fiber bed to create unidirectional (UD) 
prepreg.  An interphase having the nanomaterial 
localized in the vicinity of the fibers formed by a 
self-assembled process upon curing was illustrated 
in Fig. 9.  The interphase formation was confirmed 
by SEM images in Fig. 10 from cross-section and 
fiber surface after fracture.  As shown, an 
interphase might exist in both cases.  However, it 
could not be detected from the control but the 
modified with a uniform layer of the nanomaterial 
around the fiber. The modified also showed 
cohesive failure of the resin in the nanomaterial 
layer.  Without a good design and understanding of 
carbon fiber surface, such an interphase would not 
have been achieved.  Once the interphase was 
formed successfully, significant improvements of 
tensile strength and open-hole tension were 
achieved 16% and 50% compared to the control, 
respectively.   
 
4 Conclusions 
This paper illustrates the importance of carbon fiber 
surface chemistry and topography in designing a 
high performance composite.  As illustrated, 
surface treatment of carbon fiber plays a significant 
role.  While XPS has been used exclusively to 
document the quality of a surface treatment, recent 
advanced developments of SEM, AFM, and IGC 
could complement XPS.  By utilizing one of more 
of these tools, one could select the right condition 
for a surface treatment.  Visual inspection by SEM 
and AFM are recommended to complement XPS 
and/or IGC, especially at harsh conditions. While 
all presented techniques were suitable to document 
fiber surfaces with low to moderate surface 
damages and showed similar trends, ILSS and IGC 
could be more effective tools with excessive 
damages. 
 
Once the right carbon surface could be prepared, a 
reinforced interphase by nanomaterials could be 
made and controlled well. Subsequently, property 
trade-offs commonly observed in CFRP could be 
minimized; hence significant improvement on 
performance envelop could be made possible. 
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Fig. 1 – SEM images of A fibers oxidized by the agent A versus the virgin fiber (control). Scale bar is 100 nm. 
 
 
 

 
 
Fig. 2 – SEM images of B fibers oxidized by the agent B versus the virgin fiber (control). Scale bar is 100 nm. 
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Fig. 3 – AFM images of A fibers oxidized by the agent A versus the virgin fiber (control). For each set the left image is 
topography (nm) and the right image is adhesion map (nN). Spring constant is 0.21 N/m.  Image size is 0.5 um x 5 um. 
 
 

 
Fig. 4 – AFM images of B fibers oxidized by the agent B versus the virgin fiber (control). For each set the left image is 
topography (nm) and the right image is adhesion map (nN). Spring constant is 0.074 N/m.  Image size is 0.5 um x 5 um. 
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Table 1 – Carbon fibers used in the present study 
Oxidizing 

agent 
Fiber 

# 
Surface treatment Normalized 

O/C 
[XPS data]

Condition 
No. 

Relative 
strength 

- C0 - - 1 

A 

A1 1 1 3 

A2 2 3.5 4 

A3 3 10 10 

A4 4 35 12 

B 

B1 1 13.5 7 

B2 2 27 10 

B3 3 40 11 

B4 4 135 12 
 
 

 
Fig. 5 – Surface roughness by AFM.  Average value of 5 
images as shown in Figs. 3-4 (0. 5 um x 5 um) are 
shown. Solid lines project estimated trends. 

 
Fig. 6 – Adhesion force between an AFM tip and a fiber 
surface.  Average value of 5 images as shown in Figs. 3-
4 is shown. Solid lines project estimated trends. 
 

 
Fig. 7 – Quantitative measurements of surface chemistry 
and BET surface area versus O/C ratio by XPS for A 
fibers and control. Solid lines project estimated trends. 
The enclosed area by dash line indicates optimal surface 
treatment conditions. 
 

 
Fig. 8 – Quantitative measurements of surface chemistry 
and BET surface area versus O/C ratio by XPS for B 
fibers and control. Solid lines project estimated trends. 
The enclosed area by dash line indicates optimal surface 
treatment conditions. 
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Fig. 9 – Schematic of a toughened interphase formed in CFRP after cured by a self-assembled toughened interphase (SATI) 
process. (1) Migrating agent, (2) Nanomaterial, (3) Fiber, (4) Resin. Drawing is not to scale. 
 
 

 
Fig. 10 – SEM images shows a reinforced interphase formation by SATI process. Each set includes cross-section view and 
fiber surface view after fractured. 
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1 General Introduction  
This work aimed at acquiring knowledge about the 
thermo-mechanical behavior of a braided composite 
material for elevated temperature service conditions. 
More specifically, static and aging properties were 
studied.  
To this end, a setup and a procedure that allows for 
obtaining valuable data on the physical aging for 
both the polyimide matrix alone and the braided 
carbon-polyimide composite material was 
developed. This paper deals with the experimental 
aspect and raw results. 
 

2 Experimental details 

2.1 Background and objective 

The material studied was an aerospace grade 
polyimide matrix and its braided fabric composite. 
 
For the polymeric matrix, the main goal was to 
obtain experimental data from multiple aging tests at 
different temperatures and different stress levels for 
different aging times. To this end, a series of aging 
tests were performed on polyimide specimens 
following the procedure developed by Struik [1]. 
This method consists of sequential creep-recovery 
tests done for different aging times at a given aging 
temperature [1,2,3]. These tests were mainly 
isothermal short term (IST) aging tests, which means 
that creep duration was 10% or less of the previous 
aging time. Expected results are a stiffer and more 
brittle material and also a shift in the creep curves 
resulting from a change in the viscoelastic 
properties. Since this work was done in partnership 
with the aerospace industry, a first temperature level 
of Wet Tg-50°F was selected. It is the industry 
standard for the maximum temperature allowed for 
polymeric composite materials. Aging tests at this 
temperature were performed over a year. Other 

temperatures between Wet Tg-50°F and Dry Tg were 
also tested during shorter periods of time, for 
modeling purposes. 
At the same time, composite specimens were aged at 
Wet Tg-50°F to measure the effect of the change in 
the matrix properties on the composite properties. 
In addition, mass loss and volume contraction were 
monitored during the aging process for a complete 
behavior understanding and modeling possibilities. 
 

2.4 Specimens 

Polyimide specimen type was chosen according to 
ASTM D638 and ASTM D2990 standards for tensile 
testing and tensile creep testing of plastics. All 
creep-recovery tests were done on ASTM type I 
specimens for tests at Wet Tg-50°F. Composite 
tensile specimen type was chosen in compliance 
with ASTM D3039 standard. 
For aging tests done at higher temperatures during 
shorter periods of time, flexural tests were used 
instead to reduce material cost. ASTM D790 and 
ASTM D2990 standards for flexural properties of 
unreinforced plastics and flexural creep of plastics 
were used. 
 

2.3 Experimental setups 

The experimental setup used for tensile testing 
featured a high temperature furnace. Mechanical 
loading was introduced by a MTS 810 mechanical 
testing machine. A high temperature extensometer 
was used to measure strain while thermocouples 
measure the temperature in the gage section. This 
setup can achieve less than 0.5% temperature 
dispersion across the gage section for very repetitive 
data quality.  
An ASTM type IIA oven was used to age specimens 
over a year (temperature uniformity inside the oven 
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within 1% of differential between oven and ambient 
temperature). It complies with industry standards 
such as ASTM E145, UL746B and ASTM E3035 
standard for heat aging of plastics without load. 
For flexural tests an electromechanical testing 
system equipped with an environmental chamber 
was used. Aging tests were conducted on a custom 
made three-point bending system on matrix 
specimens only.  
 

3 Results  

Matrix specimens that were aged for a year at Wet 
Tg-50°F showed significant changes in their 
mechanical properties. Up to 5 months, the matrix 
exhibited expected stiffening and a change in 
viscoelastic properties [1,3]. Figure 1 shows a 
comparison between curves obtained after 3 hours 
and 3 weeks of aging for different specimens. Very 
consistent results were obtained. 
 
Besides mechanical tests, the evolution of the mass 
on matrix and composite coupons, different from the 
tensile specimens, was observed. Results 
demonstrate that there is a mass loss during the 
aging process. An expected decrease in volume was 
also measured. These changes are noticeable on the 
aspect of composite specimens, as shown in Figure 2 
where there is clearly less matrix on the surface of 
the aged composite. Despite this significant effect of 
aging on the matrix properties, no noteworthy 
changes were observed on the elastic properties of 
the composite. Upcoming failure tests on both aged 
matrix and composite will lead to a better 
understanding of the use of this polyimide matrix in 
composites for an extended period at Wet Tg-50°F 
(aerospace standard). Results have shown that 
physical aging is occurring at this temperature as 
well as thermal degradation. This can’t be disregard 
when designing aerospace parts for an elevated 
temperature use. Testing procedures and results 
generated in this work can be exploited as a 
guideline when working with new composite 
materials for an elevated temperature application. 

 
Fig.1. Creep compliance curves for specimens aged 

at Wet Tg-50°F. 
 

 
Fig.2. Comparison between non-aged composite 

(top) and composite aged for a year at Wet Tg-50°F. 
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1 Introduction  

A composite material with prescribed material 
properties can serve many critical industrial 
applications. Reduced weight, increased stiffness, 
optimized thermal conductivities and thermal 
expansion coefficients of a composite specimen can 
be achieved by optimizing the microstructure of the 
composite material with respect to different 
objective functions. A considerable research work 
has been done over the years to optimize the design 
components so as to meet the specified needs of the 
application. Topology optimization has been 
extensively explored to develop innovative 
conceptual designs. A review of such methods is 
presented in M.P. Bendsøe et al [1]. Optimised 
thermal expansion coefficients using a three phase 
topology optimization have been studied by 
O. Sigmund et al [2]. R. Piat et al [3] and G. Stasiuk 
et al [4] have extended this technology to 
microstructure (fiber volume fraction and fiber 
orientation) optimization of composites subjected to 
mechanical loading.  

Optimization of microstructure of composites 
with respect to thermal loading is an equally 
important field of research with its applications 
ranging from underbody of a spaceship and nose 
cone of missiles to components of a reactor 
producing carbon-carbon composites. The heat 
generated in such applications is required to be 
transferred to a sink in a controlled manner so that 
the components maintain their properties and the 
heat does not destroy the sensitive circuitry that is 
present in the vicinity of these components. For  

 
 
 
example, carbon-carbon composites and silicon 
carbide composites are suitable in aerospace  
applications because of their high thermal 
conductivity and stable mechanical properties under 
high temperature loading. As such, designing the 
microstructure of such composites would enhance 
their usage in such applications. 

The optimization procedure requires numerical 
or analytical homogenization methods to determine 
the effective thermal conductivity of the composite. 
J.D. Thornburgh et al [5] derived an analogy with an 
electrical circuit to determine the longitudinal and 
transverse thermal conductivity of the unidirectional 
fiber composite. Effective thermal conductivity of 
the composite with imperfect interface was studied 
by D.P.H. Hasselman et al [6]. Bounds on thermal 
conductivity of fiber composites with isotropic 
constituents were given by S. Nomura et al [7]. An 
effective medium approximation known as Mori-
Tanaka scheme was studied by H.J. Böhm et al [8] 
to determine the thermal conductivity of the 
composite. It is based upon an equivalent inclusion 
problem for steady state heat conduction in the 
composite which has been solved by H. Hatta et al 
[9]. 

In this paper, microstructure of a two-
dimensional specimen made up of a fibrous 
composite is optimized for a problem of thermal 
loading. In this problem, the temperature of hotspot 
i.e, the maximum temperature of the specimen is 
minimized. The design variable in the optimization 
problem is the fiber angle orientation. 
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2. Material model 

Mori-Tanaka scheme for unidirectional fibrous 
composites is used in this paper to determine the 
effective thermal conductivity of the composite 
material. According to this scheme, the effective 
conductivity tensor for a multiphase composite is 
given by, (refer  H. J. Böhm et al [8]). 

 ( ) r

N

r

rr

H
v AKKKK ⋅−+= ∑

=1

00
. (1) 
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0

−

=









⋅= ∑

N

n
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( )[ ] 1
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Here 
HK is the effective thermal conductivity 

tensor of the composite material, K  is the thermal 
conductivity tensor of constituents, N  is the number 

of inhomogeneities present in the composite, ν  is 

volume fraction of the constituents, H  is average 
temperature gradient of the entire composite 

whereas rH  is that of the r -th inhomogeneity, rA  

is the gradient concentration tensor of the individual 

inhomogeneities, S  is the Eshelby like tensor of the 

individual inhomogeneities derived by H. Hatta et al 

[9] and I is 2nd order identity tensor. Subscript 0 
corresponds to properties of the matrix and 

subscripts r and n  correspond to properties of the  

r -th and n-th inhomogeneity respectively. 

The composites studied here are assumed to be 
perfect composites, i.e, without porosity and cracks. 

 
 

3. Optimization problem 

Following is the detailed discussion of the 
optimization problem of the thermal loading.  

 
 
 

3.1 Governing equation 

The governing equation for the steady state two-
dimensional heat conduction problem defined in 
material region Ω, 

fT =∇⋅∇− )(k , 

where k  denote thermal conductivity tensor, f  is 

the heat energy generated per unit volume, T∇  is 

temperature gradient.  
Equation (1) in finite element formulation is  

 FKT =  (2) 

Where K  is the global thermal conductivity matrix, 

T  is the nodal temperature vector and F  is the 
applied heat vector. Consider no internal heat 
generation in the material region Ω (i.e, f = 0). 
 

3.2 Minimization of the maximum temperature of 

the composite specimen 

 

3.2.1 Formulation 

The two-dimensional material region (Fig. 1) is 
discretized into four noded quadrilateral elements. 
Since the effective thermal conductivity of the 
specimen due to anisotropy of the composite 
constituents is a function of fiber orientation angle

Ω∈= ),(),,( yxyxθθ , each element of the mesh has 

its own fiber orientation. 
The goal of the optimization is to find the 

minimum of the highest local temperature in the 
specimen for the given applied thermal boundary 
conditions. In Y. Zhang et al [10], it was shown that 
this problem can be reformulated into an equivalent 
one with objective function 

( ) Ω∇−= ∫Ω

Τ
dTD q

2

1
, 

where D  is dissipation of heat transport 
potential capacity of the entire specimen and 

T∇−= kq  is the heat flux. 

The optimization problem is defined as 
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where TF
T

hD = , { }eθ=θ  is the vector of the fiber 

orientation angles in each element e . 

The fiber orientation angle in all the elements is 

assumed as o0  before the start of the optimization 

process. With each iteration, this angle is updated in 
order to minimise the objective function. 
 

3.2.2 Sensitivity analysis 

The objective function is differentiated with 
respect to the design variable (refer Y. Zhang et al 
[10]): 
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Necessary condition of extremum of the 

objective function for each element e  defined in 

region eΩ , (refer Y. Zhang et al [10]) can be written 

in the form: 
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where eD  is the dissipation of heat transport 

potential capacity in an element defined in region 

eΩ , B  is the matrix of derivatives of shape 

functions, eT  is the nodal temperature vector of the 

element, eq  is the heat flux vector of the element 

such that 
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indexes of the integration points in the element and 

e
kθ  is the thermal conductivity matrix which is a 

function of fiber orientation angle in  the element e . 
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is transformation matrix and k′  is thermal 

conductivity matrix  in material coordinate system. 
Therefore, the necessary optimally condition in 

each element is, 
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Solving it we get  
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1k  and 2k  are components of k′  and xq  and yq  are 

the components of the heat flux vector eq  for each 

element. From eqn. (5), 
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Therefore for 21 kk > , the sufficiency minimum 

condition ( )( ) 0tan1 222 >−− eyx qq θ  is fulfilled only 

for 
x

y

e
q

q
=θtan . So, 

x

y

e
q

q
1tan −=θ . 

This criterion for fiber orientation angle shows 
that the fibre in each element should be aligned in 

the direction of the heat flux vector eq  (shown in 

Fig. 2). 
 

3.3 Numerical results 

 

3.3.1 Material model and verification 

The Mori-Tanaka scheme used to model the 
effective thermal conductivity of the material is 
verified by using the experimental data of 
unidirectional carbon-epoxy composite given in 
M.W. Pilling et al [11]. The thermal conductivity of 
fiber and matrix is taken from the same reference. 
The composite considered here have negligent 
amount of porosity and hence the porosity is 
neglected in the mathematical models as well. 

The Figs. 3a and 3b show that in case of 
transverse thermal conductivity of the composite, the 
results obtained by Mori-Tanaka and Hassleman-
Johnson Model (refer D.P.H. Hasselman et al [6]) 
give the same result and are in compliance with the 
experimental data as well. The Electric-Resistance 
Analogy (refer J.D. Thornburgh et al [5]) gives a 
lower estimate of the transverse conductivity. In the 
case of axial thermal conductivity of the composite, 
all the models give the same results and are in 
compliance with the experimental data as well.  
 

3.3.2 Microstructure optimization  

In this problem, a two dimensional rectangular 
specimen is subjected to a uniformly distributed heat 

flux, mkWQ /200=  as shown in the Fig. 4a. A 

fixed temperature of KT 15.273=  is maintained at 

two locations of the specimen. The remaining entire 
boundary region is adiabatic.  

Fig. 4c shows that the maximum temperature in 
the specimen which occurs at a point shown by a 
black solid marker is reduced during the 
optimization process. The composite studied in this 

problem is a carbon composite with pyrolytic 
matrix. The thermal conductivity of the fiber is taken 
from J.W. Klett et al [12] and of matrix from our 
previous studies. The fiber volume fraction is 

considered 4.0 and the composite is without 

porosity. 

Fig. 5 shows that the maximum temperature of 
the specimen for the given problem has been 

reduced from K23.278 to K25.276 during the 

optimization.  
 

3.3.4 Discrete fiber angle orientation 

Sometimes it is difficult to manufacture a 
composite having a curved fiber embedded in it. To 
cater to this manufacturing difficulty, an attempt has 
been made to see how the temperature distribution 
and fiber orientation varies when the fiber 
orientation angle is not allowed to vary 
continuously, i.e. to take any possible angle, but to 
vary discretely, i.e. to take angles in specified steps.   

For example, if the orientation angle step is 
decided as 15˚, then the angle obtained from 
iteration, lying in range of 7.5˚ to 15˚ will take angle 
value of 15˚ and that in the range of 0˚ to 7.4˚ will 
take the angle value of 0˚.This is explained in Fig. 6. 

This discrete fiber orientation angle scheme is 
applied to the optimization problem. 

Figs. 7a to 7d show the variation of fiber 
orientation angle and temperature distribution as the 
angle step is increased from 15° to 90°. Fig. 8 shows 
that as the angle step is increased, the maximum 
temperature of the specimen obtained after 

optimization is increased from K25.276 for 

continuous angle variation to K23.277 for angle 

step of 90°. 
 

4.Conclusions 

This study presents microstructure optimization 
of a two dimensional fiber composite specimen for 
the problem of heat conduction. 

The main results obtained are the following: 
1. The maximum temperature of the specimen is 

minimised by orienting the fibers embedded in it in 
optimal angles.  

2. The fiber angle orientation need not be 
varying continuously in space inside the composite. 
Even if the fibers are oriented with discrete angles, 
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the temperatures in the specimen (maximum 
temperature of the specimen or mean temperature of 
a specified region of the specimen) are reduced 
during optimization. However, this reduction in 
temperature is not as much as that obtained by 
varying the fiber angle orientation continuously.  

3. This study can be used to manufacture 
composites with continuous fibers arranged in a 
curved path inside the composite. The 
manufacturing difficulty of orienting the fibers in a 
curve path can be resolved by orienting the fiber in 
discrete angles. 

 
 

Fig. 1. A material region Ω , with boundary S , 

subjected to heat flux q and temperature boundary 

condition 0tT = . The remaining boundary S  is 

adiabatic. 
 
 

 
 

Fig. 2. Orientation of fiber with respect to  
x -axis in each element 

 
Table 1 

Thermal conductivity of fiber and matrix 
(M.W.Pilling et al [11]) 

Thermal 
conductivities(W/mK) 

K� K� K� 

Fiber 1.7 1.7 9 

Matrix 0.19 0.19 0.19 

 
 

 
 
 

Fig. 3. Variation of (a) transverse thermal 

conductivity ( *
TK ) and (b) axial thermal conducti-

vity ( *
AK ) of composite with respect to fiber volume 

fraction obtained by Mori-Tanaka scheme, 
Hasselman-Johnson, Electric-Resistance and the 

experimental data. 
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Fig. 4. (a) Geometry and BC of the problem defined 

for optimization. Fiber angle orientation and 
temperature distribution (b) before optimization and 

(c) after optimization 
 

 
Fig. 5. Variation of maximum temperature of the 

specimen with iterations 
 

 
 

Fig. 6. Orientation of fiber with respect to  
x -axis in each element 
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Fig. 7. (a)-(d) Fiber orientation angle and 

temperature distribution in the specimen for 
different angle steps. 

 

 
 

 
Fig. 8. Variation of maximum temperature of the 

specimen with respect to no of iterations for 
different steps of fiber orientation angle. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

 

Nowadays satellite antennas (Fig. 1) are made of 

CFRP composites as they are light weight and 

display outstanding dimensional stability compared 

to metal structures. Conductive structural adhesives 

are needed to ensure electrical continuity of 

adhesively bonded parts and to eliminate 

supplemental time-consuming operations like inter-

panel jumper cabling or silver brazing.   

Recently we reported highly conductive epoxy 

composites based on carbon nanotubes (CNTs) [1, 

2]. According to Hansen [3] nickel nanostrands 

(NiNSs) are a very promising filler to produce 

highly conductive structural adhesives. In the 

present study we investigate the influence of the 

nanofiller type and concentration on the adhesive 

mechanical and electrical performances.  

 

 
Figure1 Satellite antenna (courtesy of MDA) 

 

2 Materials and methods 

 

2.1 Materials  
Epoxy resin Epon 862 was purchased from Miller 

Stepheneson and nickel nanostrands from 

Conductive Composites. Single wall carbon 

nanotubes (SWCNTs) were provided by Nikkiso Co. 

All materials were used as received. Hysol EA 9392 

adhesive system from Henkel was used as reference. 

 

2.2 Nanofiller dispersion 

SWCNTs were dispersed by an optimized three-roll 

milling (EXAKT 80E, EXAKT Technologies, Inc.) 

in Epon 862 [1]. NiNSs and the resin were hand 

mixed then screened though a wire-mesh with 55x80 

mesh size. 

 

2.3 Sample preparation 

Single lap-joints with dimensions shown in Figure 2 

were prepared using aluminum 2024 T3 and 

EX1515/YSH-50A (cyanate ester resin/pitch based 

CF) CFRP adherents. The aluminum coupons were 

cleaned with acetone in an ultrasonic bath then 

etched in chromic acid for 30 min at 65 °C.  CFRP 

coupons were grit-blasted for 4 sec at 40 psi using 

220 mesh alumina. Bond-line of 0.2 mm was 

ensured by glass beads.   

 

 
 

Figure 2 Single lap-joint; dimensions in mm. 
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2.4 Testing methods  

The resistance of the lap-joint was measured using a 

four wire method. For the electrical measurements a 

Keithley 6220 DC current source and a Keithley 

2182A nanovoltmeter were used. The apparent shear 

strength was determined according to ASTM 

D1002-01 on a MTS 100 kN testing machine. The 

dispersion of the fillers in the fractured samples was 

observed on a Hitachi S4700 SEM. 

 

3 Results and discussion  

 

3.1. Electrical conductivity 

Figure 3 presents the SEM images of NiNSs - highly 

conductive metallic filler but with high density, and 

SWCNTs - highly conductive carbon material with 

low density and high aspect ratio. 

 

 

 

Figure 3 SEM micrographs of NiNSs (a) and 

SWCNTs (b) 

 
 

Figure 4 Conductivity vs. CNT loading 

 

3.1.1 Carbon nanotube based adhesives 

Using carefully selected CNTs and optimized 

dispersion methods we reported record electrical 

conductivities in Epon 862 at CNT loadings less 

than 1 wt% (Figure 4) [1, 2].  Observing Figure 4 it 

is clear that for a conductivity of say 1 S/m one need 

only 0.045 wt% of SWCNTs or 0.35% of 

MWCNTs. Low CNT loadings ensure minimal 

interference with the adhesive mechanical 

performance while displaying high electrical 

conductivity. 

 

3.1.2 Nickel nanostrand based adhesives 

While the electrical conductivity of CNT based 

composites display a classical percolation behavior 

those based on NiNSs are not. For example, single-

lap joints made with aluminum adherents (with an 

overlap area of 4.75 cm
2
 Figure 2) and a conductive 

adhesive containing 5 vol% (27 wt%) of NiNSs has 

a typical resistance around 1 mBased on the 

measured resistances and the bond geometry we 

expected the following resistivity: 

 

   
 

 
      

        

       
          

 

where:  - resistivity, A- overlap area and t - bond 

line thickness. 

Unexpectedly, the volume resistivity of a plate 

(50x50x1.6 mm) made of conductive adhesive was 

impossible to measure using our van der Pauw setup 

[1]. Based on the above calculated resistivity, 

10
-3

10
-2

10
-1

10
0

10
1

10
-5

10
-4

10
-3

10
-2

10
-1

10
0

10
1

10
2

10
3

 [4]

 Ref. [15] in [4]

 Ref. [14] in [4]

 [5], [6]

 [7];  [8];  [9]

 [10];  [11]

 MWCNTs [1]

 SWCNTs [2]

C
o

n
d

u
c

ti
v

it
y

, 
S

/m

CNT weight fraction, %

a 

50 m 

b 

1 m 

ICCM19 3900



 

3  

PAPER TITLE  

forcing currents up to 100 mA through the sample 

should not be a problem, but it was impossible to 

force a very low current of 10 nA at the maximum 

source voltage (105 V). This means that NiNS at 

27%wt (~5 vol%) loading did not reach the 

percolation threshold in the bulk. Therefore, the very 

low resistance of the lap joints can be explained by 

the "short circuits" caused by the large agglomerates 

bridging from one side of the lap joint to other side. 

To assess the particle size distribution in the 

conductive adhesive, the resin was removed using 

acetone washing. Figure 5a presents typical NiNSs 

agglomerates with an average diameter slightly over 

1 mm.   

 

 

 
Figure 5 NiNS agglomerates. (a) direct mix of the as 

received NiNSs; (b) after screening over a wire cloth 

of 55x 80 mesh size; (1 division = 1 mm) 

 

Following the manufacturer recommendations the 

mixture of adhesive and NiNSs was screened over a 

wire cloth of 55x80 mesh size to eliminate large 

agglomerates. Indeed, by screening the agglomerate 

size is decreased from more than 1 mm in diameter 

(Figure 5a) to around 0.2 mm in diameter (Figure 

5b). These agglomerates are not compact metal 

particles as they may appear from Figure 5 but some 

kind of elastic and porous structures shown in the 

SEM image on Figure 6. 

   

 
Figure 6 SEM image of NiNS agglomerates 

 

Once the large agglomerates are removed the bond 

resistance jumped almost 3 orders of magnitude 

from 1 m to 0.53 (Figure 7). Analyzing Figure 7 

it is unexpected that the bond resistance is almost the 

same over a wide range of NiNS loadings. These 

results further sustain the fact that low resistances of 

the lap joints are caused by short circuits and not 

percolation. 

 
Figure 7 Lap-joint resistances vs. NiNS loading 

 

 To prove this agglomeration-controlled electrical 

conductivity we have produced single-lap joints with 
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gradually increasing bond-line thicknesses and we 

measured their resistance. Considering the usual 

equation of the electrical resistance -    
  

 
 - we 

expected a linear dependence on the bond-line 

thickness (t).  The resistances of lap joints with 

bond-line thickness of 0.25, 0.4, 0.6, and 0.8 mm 

were 28 m, 1.7, 560 and > 10
10

 respectively. 

The dependence of the above resistances on the 

bond-line thickness is quite far from being linear.  

 

3.2. Apparent shear strength  
Figures 8 and 9 present SEM images of fractured lap 

joints made with adhesives based on NiNSs and 

SWCNTs, respectively. 

 

 
Figure 8 Fracture surface of the NiNS containing 

adhesive 

 

 
Figure 9 Fracture surface of the SWCNT containing 

adhesive 

Table 1 presents the shear strength (SS) and the 

bond-resistance (R) of single-lap joints prepared 

with aluminum and CFRP adherents and different 

adhesives. Using NiNSs and SWCNTs the resistance 

of the lap joints made with aluminum adherents are 

10 and 8 orders of magnitude lower than those 

prepared with the reference Hysol EA 9392 

adhesive. For lap joints made of CFRP adherents, 

the resistance compared to that of the reference 

adhesive decreased by 8 and 10 orders of magnitude.  

 

Table1 Mechanical and electrical properties of lap 

joints 

No Adhesive 
SS(SD), 

MPa 
R(SD),  

Aluminium adherents 

1 Reference: Hysol 9392 28.4 (0.3) >10
10

 

2 Epon862, 27%NiNSs 28.3 (0.5) 0.53 (0.3) 

3 
Epon862, 0.5% 

SWCNTs 
30.1 (1.3) 83 (14) 

CFRP adherents 

4 Reference: Hysol 9392 18.1 (3.9) >10
10

 

5 Epon862, 27%NiNSs 14.6 (0.8) 46.3(15.7) 

6 
Epon862, 0.5% 

SWCNTs 
12.9(1.4) 1.5(0.7) 

 

While the shear strength of the new conductive 

adhesive exceeds that of the reference adhesive for 

aluminum adherents, for CFRP adherents it is 

unexpectedly low. The fractured lap joints revealed 

different failure mechanisms for the two types of 

adherents. In the case of the aluminum the lap joint 

showed cohesive failure as can be observed in 

Figure 10. 

 

 
Figure 10 Picture of a fractured lap joint made with 

aluminum adherents 

50 m 

2 m 

NiNSs 
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In the case of CFRP adherents the failure occurs in 

the adherent that explains the lower shear strength 

compared to aluminum (Figure 11). 

 

 
 

 
 

 

Figure 11 SEM image of a fractured lap joint made 

with CFRP adherents. 

 

Furthermore, we have evidence of chemical 

reactions between the adhesive and the cyanate ester 

matrix. These reactions could affect the shear 

strength of the bond and explain the variations of the 

shear strength for the CFRP adherents. 

 

3.3. Influence of the surface preparation 

 

From Figure 11 it is clear that all the defects in the 

plies adjacent to the adhesive layer will strongly 

influence the mechanical performance of the bonded 

joint. Proper surface preparation is mandatory to 

obtain high bond strength. However, surface 

preparation will alter the first ply and defects created 

in this process will influence the shear strength. 

Furthermore, in order to increase the electrical 

conductivity the resin layer covering the carbon 

fibers should be completely removed but without 

damaging them. We investigated hand-sanding using 

320 grit-size alumina paper and grit blasting with 

alumina of 220 grit size.  

Figure 12 a-1 and a-2 presents the SEM images of 

the hand sanded samples. Observing the deep 

scratches on Figure 12 a-2, it is clear that even light 

sanding is quite damaging for the carbon fibers. 

Furthermore, the variability of the applied pressure 

during hand sanding will produce less uniform 

surface roughness.  Grit blasting on the other hand 

produces uniform surface roughness as it can be 

observed from the low magnification images in 

Figures b-1, c-1 and d-1.  SEM images of samples 

grit blasted for 2, 4 and 6 seconds are shown in 

Figures 12 b, c and d respectively. Observing the 

images in Figure 12 b-2, c-2 and d-2 reveals that by 

increasing the duration of grit blasting more and 

more carbon fibers are exposed (green islands).  

Table 2 presents the shear strength of single-lap 

joints with different surface preparation. The shear 

strength of the lap joints prepared with grit blasting 

for 4 sec and those prepared by sanding are very 

close, even if grit blasting results in more uniform 

roughness than sanding. However excessive blasting 

for 6 sec results in decreased shear strength. 

 

 

Table 2 Influence of surface preparation on the shear 

strength of the lap joints made with the reference 

adhesive 

 

Description Shear strength MPa 

(SD) 

Grit blasting, 4 sec 18.9(3.1) 

Grit blasting, 6 sec 17.0 (2.7) 

Hand sanding, 320 grit 18.5(2.6) 

 

 

 

 

 

 

 

 

 

 

 

 

 

Detached CFs from 

the top adherent 

Bottom adherent with 

no adhesive on it 

Adhesive 
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Figure 12 SEM images of CFRP adherents with different surface preparation (details in the text)  
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3.4. Resistance variation during thermal cycling 

 

In orbit, satellite antennas undergo thermal cycling 

with temperatures that range from -150 °C to 

+150°C. Single-lap joints exposed to thermal 

cycling made with conductive adhesive based on 

NiNSs displayed large variations of resistance, while 

those based on SWCNTs showed only a slight 

variation (Figure 13). 

Analyzing one thermal cycle (Figure 14) it is clear 

that large resistance variations occur only above the 

Tg (70°C) of the adhesive. It seems that high 

mobility of the cured resin chains and the increased 

CTE at temperatures over the Tg contribute to the 

increase of the distance between two NiNSs at the 

contact points, hence increasing the resistance of the 

conductive network.  Below Tg the whole system is 

less "mobile" therefore less variations in the 

resistance. 

Furthermore, if the sample is kept at 150°C for more 

than 2 hours the resistance is decreasing to a much 

lower values (the third cycle on Figure 15). This 

means that over the Tg the NiNSs network tends to 

rearrange itself towards a lower resistance 

configuration. This configuration is quite stable as 

the resistance displays only small variations during 

subsequent thermal cycles (Figure 15 - 4th cycle). 

 

 
 

Figure 13 Variation of the bond resistance during 

thermal cycling 

 
Figure 14 Variation of the bond resistance during 

thermal cycling  

 

 
 

Figure 15 Variation of the bond resistance during 

thermal cycling  

 

4 Conclusions  

 

We successfully formulated highly conductive 

adhesives based on NiNSs and SWCNTs. While 

SWCNTs display classical percolation behavior, 

NiNSs display an anomalous behavior. Our 

experimental results strongly suggest that the 

conductivity of the adhesives based on NiNSs are 

controlled by short-circuits caused large enough 

agglomerations that can span from adherent to the 

other.  The resistances presented in Table 1 indicate 

that metal nanoparticles perform better with metal 

adherents while carbon nanomaterials are more 

suitable for CFRP adherents.  
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1 Introduction  

CFRP are more and more used in modern civil air-

crafts hence the whole fuselage is made of this mate-

rial (B787; A350). Due to strict certification stand-

ards finally the normal in-service loading gives a 

low stress level compared to the static and even the 

fatigue strength of the material. Hence CFRP are 

assumed to have an infinite life. To evaluate this 

assumption, fatigue tests on CFRP-specimens were 

performed up to 10
8
 load cycles. The first inter-fiber 

failure was evaluated non-destructively by the fa-

tigue tests accompanying X-ray-refraction topogra-

phy [1, 2, 3, 4] alternately and in-situ mechanical 

loading. The basic idea of the investigation is repre-

sented in fig. 1. At low load levels it could not be 

assumed the total failure of the samples. Hence ac-

companying non-destructive testing (NDT) is man-

datory to get information about the damage state of 

the material. 

 

2 Materials and test specimen 

The CFRP were made from a 200g/m² non-crimp 

fabric and 400g/m² twill style textile each made with 

Tenax-E HTA40 E1, 6K yarn. The matrix system 

was Huntsman Araldite® LY 556 / Aradur® 917 / 

Accelerator DY 070. Flat specimens with a length of 

150mm, a width of 15mm (0°/90°-laminate) and 

20mm (+/-45°-laminate) with a thickness of 1 and 

2mm and tab reinforcement for clamping were used. 

0°/90°- and +/-45°-laminates of each textile rein-

forcement were investigated. This paper focuses on 

the results made from the woven textiles. In general 

the results from the non-crimp fabrics are quite simi-

lar however the comprehension of the experiments is 

not so complete. Hence only the measurements on 

the twill fabric are shown and discussed to enable a 

brief presentation.  

 

3 Experimental  

3.1 X-ray-refraction technique 

X-ray refraction [2] is caused by the effect of refrac-

tion at the interface of materials of different refrac-

tive index as well known from visible light passing 

glass lenses. In the case of X-rays the refraction 

angle is below half a degree and in opposite direc-

tion due to the dispersion function of isolators. 

Hence Small Angle X-ray Scattering (SAXS) tech-

nique is used. In the experimental set-up (s. fig. 2) a 

collimated X-ray beam passes the sample. At a fixed 

angle the refracted signal is measured and addition-

ally a signal proportional to the absorption. A char-

acteristic refraction value C is determined, which is 

proportional to the surface per unit volume. It can be 

calculated from the scattering IR and transmitted 

intensities IA and the thickness d of the sample in 

relation to the zero values (without sample): 

  
dII

II
C

AA

RR 1
1

0

0 







   (1) 

The intensity of the refracted beam will increase if a 

difference of the refractive index occurs at the ob-

served interfaces. Hence, the intensity will be higher 

for materials with de-bonded fibers or pores than 

without (s. fig. 3). By calibration the absolute as 
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well as the relative inner surfaces C are measured. In 

most cases the relative increase is sufficient and 

used in the further investigations. Scanning the 

whole area of the sample gives a topographic map of 

inner surfaces (s. fig. 3 and 5). According to Lam-

bert-Beer’s law the absorption is a function of the 

density-proportional linear absorption coefficient µ 

and the thickness d of the sample: 

  d
AA eII  

0    (2) 

For several applications it is practical to normalize 

equation 1 to ln (IA/IA0) resulting in the relative spe-

cific surface Cm/µ, independent from variation of the 

number of fiber filaments due to non-perfect produc-

tion of the fabrics. 

The density itself contains no information about 

inner surfaces. In the experimental setup of the re-

fraction technique the absorption and the refraction 

signals are measured in one shot. Hence, both can be 

mapped independently. In fig. 3 the absorption and 

refraction mapping of a Carbon Fiber Reinforced 

Plastic (CFRP) made of a twill fabric are compared. 

The absorption (s. fig. 3, left) maps only slight dif-

ferences of the density. However, the refraction-

signal (s. fig. 3, right) maps the micro cracks due to 

cyclic fatigue loading, which causes the refraction 

effect at the fiber matrix de-bonding due to inter-

fiber failure. Thus, if there is no significant change 

of the density, it is impossible to detect any fiber 

matrix de-bonding with the classical X-ray-

radiography which only uses the absorption propor-

tional to mass.  

 

3.2 Damage evaluation in-situ loading  

A tensile testing machine was integrated in a small 

angle X-ray scattering (SAXS) setup (s. fig. 4). X-

ray refraction topography [1, 2, 3, 4] was performed 

while the CFRP-samples were tensile loaded. This 

non-destructive technique enables the detection of 

micro-cracking and inter-fiber failure especially for 

CFRP. For GFRP X-ray-refraction and in-situ load-

ing has already been successfully used [2, 4]. Hence 

the increase of inner surfaces due to inter-fiber fail-

ure was measured and given as a function of the 

stress state. For 0°/90°-laminate the first inter-fiber 

failure occur at a stress level of approximately 

300MPa. In steps of about 1kN the load was in-

creased till the total failure. The tests were backed 

by in-situ acoustic emission (AE) recording using a 

Physical Acoustics system with PICO-sensors (peak 

frequency 500kHz). The measurements (cumulative 

signal-energy shown in fig. 6) confirm the result by 

detecting a first distinct increase of AE with the first 

crack detected by X-ray-refraction. Hence the first 

inter-fiber failure was visualized at 300MPa it is 

assumed to reach the very high cycle (VHCF) range 

(s. fig. 1) for the 0°/90°-laminate at and below this 

value. 

 

3.3 Fatigue tests and damage evaluation 

Fatigue test were done in a servo-hydraulic 10kN 

tensile testing machine at 5 up to 100Hz (0°/90°-

laminate). The intrinsic heating at low load levels is 

insignificant and hence the recorded surface temper-

ature rise is moderate until shortly before failure. 

Even for +/-45°-laminate the increase of the surface 

temperature is only 7K at the lowest load-level of 

50MPa and a test frequency of 50Hz. During all 

fatigue tests the surface temperature was recorded 

with an infrared sensor. A maximum temperature 

rise of 10K was accepted hence the maximum tem-

perature inside the specimen could be assumed be-

low 20K. That is far away from the glass transition 

temperature of about 120°C of this EP-matrix sys-

tem. All tests were done air conditioned at 23°C and 

50% humidity.  

The fatigue tests were performed up to 10
8
 load cy-

cles. Accompanying X-ray refraction measurements 

of the samples were done to characterize the damage 

state and its evolution (s. fig. 2, 7, 9, 10).  

In 0°/90°-laminates a high inter-fiber transverse 

loading occurs. In +/-45°-laminates a high inter-fiber 

shear loading emerges. As the ambition of the pro-

ject is to find the stress level of infinite life, inter-

fiber failure has to be investigated.  

 

0°/90°-laminate 

An overview of the fatigue tests on 0°/90°-specimen 

is summarized in fig. 7. The total failure of the sam-

ples emerged in the fatigue tests at and above 

500MPa upper limit, load ratio R=0,1. At 300MPa 

inter-fiber failure occurs at the first load cycles how-

ever the specimens do not fail up to 10
7
 and hence 

reach the VHCF region. 

Below a stress level of 150MPa no increase of micro 

cracking could be observed up to 10
8
 load cycles for 
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a 0°/90°- twill style fabric laminate at a load ratio of 

R=0.1 (s. fig. 7). This is approximately 50% of the 

inter-fiber failure stress in static loading (s. fig. 6). 

Thus technically infinite life could be assumed at 

this load level in respect to the laminate, the load 

ratio and the taken material concerning fiber, fabric 

and matrix. 

In between 150 and 300 MPa upper limit stress there 

is a transition region from undamaged to damaged 

state evaluated with X-ray refraction and surface 

cracks by eye inspection. To find the boundary ex-

periments at one stress level and in-situ NDT while 

fatigue loading should be done. However this tech-

nique was not available at this state of the project. 

Hence fatigue tests up to a certain number load cy-

cles at different stress levels were performed and 

subsequent X-ray refraction scans were done. For 

10
6
 load cycles this is presented in fig. 7. At a stress 

of 200MPa and 10
6
 load cycles the first micro-cracks 

/ inter-fiber failure were found. Due to the 0°/90°- 

fiber orientation only X-ray-scans have to be done 

were the plane of collimation is perpendicular (=0° 

in fig. 2) to the specimens length direction. Only the 

inter-fiber failure of the 90°-layer have to be investi-

gated. 

 

+/-45°-laminate 

The overview of the fatigue tests on +/-45°-laminate 

is summarized in fig. 8. The failure in fatigue load-

ing is found at and above a maximum stress of 

70MPa up to 10
6
 load cycles. The region of no dam-

age is below 50MPa. That’s also approximately 50% 

of inter-fiber shear strength. The VHCF region could 

be reached at an upper limit of stress of 60MPa. 

Fortunately the scatter of number of load cycles to 

failure of the S-N-curve is much lower compared to 

the 0°/90°-laminate. Hence it seems to be possible to 

investigate the boundary from undamaged to dam-

aged state by fatigue tests on a constant stress level 

of 75 and 60MPa. At pre-defined numbers of load-

cycles the fatigue tests were stopped and X-ray-

refraction mapping of inner surface / cracks were 

performed (see fig. 8 dotted line and fig. 9 and 10). 

Due to the +/-45°-fiber orientation two perpendicu-

lar oriented X-ray refraction measurements have to 

be done [2, 3]. Two different failure mechanism 

occur. First perpendicular to the fiber length direc-

tion matrix cracks appear in the crossings of the 

fiber bundles and subsequent intralaminar fiber ma-

trix debonding occur due to the inter-fiber shear 

loading. Both effects can be distinguished by the 

perpendicular measurements. In parallel configura-

tion (see fig. 9 und 10) only the fiber matrix de-

bonding is visualized. In perpendicular configuration 

both – the fiber matrix debonding and the matrix 

cracks become visible. The scattering orientation 

function is proportional to cos
2
 [2, 3]. Hence the 

+/-45°-fiber orientation and fiber-matrix de-bonding 

contribute each 50% of the signal of the measure-

ments in parallel and perpendicular and consequent-

ly the matrix cracks contribute 100% to the perpen-

dicular and 0% to the parallel-scanning configura-

tion. 

 

4. Discussion 

It is well known [5] to visualize inter-fiber failure 

with the classical radiography at low X-ray energies, 

however contrast agent have to be used to mark 

them and only cracks connected to the sample sur-

face will be detectable. With the X-ray refraction 

technique thin micro cracks and inter-fiber failure 

could be visualized without contrast agent averaged 

over the volume [1] and hence an in-situ investiga-

tion of increasing micro damages in parallel to me-

chanical static [2, 3] and fatigue loading is possible. 

Acoustic emission is a powerful tool to detect non-

destructively inter-fiber failure and fiber failure in-

situ mechanical loading. However due to the noise 

of the mechanical testing machines it is difficult to 

separate the right signal. Additionally acoustic emis-

sion could only measure the inter-fiber failure just 

in-situ in the moment it happens. Consequently a  

subsequent analysis offline is impossible. Finally a 

coupling of mechanical testing and X-ray-refraction 

was favored. 

A stress level of 50% of static inter-fiber failure 

seems to be the limit to the infinite life of CFRP 

either for intralaminar transverse and shear loading. 

This is in the region were the airliners and wind-

turbine blades are designed due to certification 

standards. Hence the fatigue of the composite mate-

rials play a secondary role regarding the fatigue life 

of such applications. Finally it has to be stated, that 

this results are only valid for the investigated mate-

rials. It has to be investigated the influence of the 

sizing of the fibers and the matrix to improve the 

limit of infinite life, regarding inter-fiber failure. 
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5. Conclusions 

An infinite life was found for cyclic fatigue loaded 

CFRP-samples under high inter-fiber transverse 

(0°/90°laminate) and shear (+/-45-laminate) loading 

investigated up to 10
8
 load cycles. Meanwhile state 

of the art is to take failure of the samples as the fa-

tigue life. Accompanying non-destructive X-ray-

refraction measurements reflects a level of damage 

even if samples failure never occurs. This results and 

investigation technique is of high interest to give the 

engineer a design value of infinite life which is prac-

tically often reached due to knock down factors of 

certification standards. Further investigations at dif-

ferent load ratios (especially R=-1) are running. A 

high influence of the load ratio on the stress level of 

infinite life is assumed and well known for the fa-

tigue life of FRPs. 
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Fig. 1: Basic idea of investigation 
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INFINITE LIFE OF CFRP EVALUATED NONDESTRUCTIVELY WITH 

X-RAY-REFRACTION TOPOGRAPHY 

  

 

Fig. 2: Experimental setup of the X-ray-refraction 

technique 

 

 

Fig. 3: The absorption and refraction signal are measured 

at the same position on the sample. Only with respect to 

the refraction signal the cracks could be visualized. 

 
 

 

Fig. 4: 15kN-elektromechanical tensile testing machine 

integrated in the X-ray scanner. 
 

 

Fig. 5: X-ray-refraction scans of samples at different 

load levels and 1 million load-cycles. 
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Fig. 6: 0°/90°-CFRP-sample tensile loaded and in-situ accompanying X-ray-refraction and acoustic emission testing. 

 

 

Fig. 7: S-N-curve of 0°/90°-CFRP specimens – failed, damaged and no detectable damage. Load ratio R=0,1 
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INFINITE LIFE OF CFRP EVALUATED NONDESTRUCTIVELY WITH 

X-RAY-REFRACTION TOPOGRAPHY 

 

Fig. 8: S-N-curve of +/-45°-CFRP specimens – failed, damaged and no detectable damage. Load ratio R=0,1 

 

 

Fig. 9: Increase of micro-cracking in a +/-45°-CFRP specimen due to cyclic loading and analyzed with X-ray refrac-

tion parallel and perpendicular to the samples length direction. Maximum stress 75MPa and load ratio R=0,1 
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Fig. 10: Increase of micro-cracking in a +/-45°-CFRP specimen due to cyclic loading and analyzed with X-ray refrac-

tion parallel and perpendicular to the samples length direction. Maximum stress 60MPa and load ratio R=0,1 
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1 Introduction  
Carbon fiber reinforced polymer composites 
(CFRPs) have become of great interest in the last 
decades.  CFRPs have been widely used in many 
engineering fields such as aerospace, automobiles, 
bridge supports, buildings, chemical reactor vessels, 
ships, and trains because of their high strength-to-
weight and stiffness-to-weight ratios [1-3].   
At manufacturing operations of CFRPs, release 
agents are essentially vital to protect mold and part 
from damage by unwanted adhesion [4].  Release 
agents, which may contain polymeric fluorinated 
hydrocarbons and/or silicones, are generally applied 
directly to the mold, and the prepared CFRP part is 
eventually coated with the release agents.   However 
residues of release agents contaminate the surface of 
the CFRP part, which hinder durable adhesion and 
painting [5].  Surface pretreatments of CFRPs are, 
therefore, very important issues to apply the post-
processes.  Sanding as one of the conventional 
methods is, however, both cost and time 
consumptive works.   
In this study, new surface pretreatment methods of 
painting to CFRPs, ozone exposure and YAG laser 
irradiation techniques, are investigated.  It has been 
reported that ozone exposure and laser irradiation 
procedures are effective methods of removing a 
variety of contaminants of surfaces [6-8].  It is 
expected these techniques can remove the release 
agent from the surfaces of the CFRP laminates, 
which provides improved painting properties. 

 

2 Experimental 

2.1 Materials  

Two kinds of flat CFRP laminates (Epoxy/CF (Toho 
Tenax Co., Ltd.) and Polyphenylene sulfide (PPS) 
/CF (TenCate Advanced Composites)) were used; 

a) Epoxy/CF 
- Matrix: Epoxy#135, CF: UTS50 12K 

  - Resin content: 45 % 
  - Lay-up sequence pattern: {(±45)/0.90}1S 
  - Thickness: 1.63 mm (8 ply) 
  - Release agent: silicone 
a) PPS/CF 

- Matrix: PPS, CF: T300J 3K 
  - Resin content: 50 % 
  - Lay-up sequence pattern: (0.90)5 
  - Thickness: 1.37 mm (5 ply) 

- Release agent: unknown 

2.2 Surface pretreatments 

New two methods, ozone exposure and weak laser 
beam irradiation, and conventional sanding were 
examined. Ozone exposure experiment was carried 
out by a SGA series ozonizer (Sumitomo Precision 
Products Co., Ltd) with the ozone concentration of 
0.5 or 10 %.  Fig. 1 shows overview and schematic 
representation of the ozone exposure equipment.  
YAG laser irradiation technique was performed with 
a YLR-5000C2 unit (Laser X Co., Ltd).   The YAG 
laser beam oscillated certain amplitude 
perpendicular to the direction of travel was 
irradiated and scanned test panel (Fig. 2).  #150, 
#240, and #600 count sandpapers were used to 
conventional handwork surface abrasion. 

2.3 Measurements 

Surface roughness of the CFRP laminates were 
measured by a Surftest SV-2000 (Mitutoyo Corp).  
X-ray photoelectron spectroscopy (XPS) 
measurements were carried out by an AXIS-His 
(Shimadzu Corp.) using Al-Kα radiation source.  
Painting properties of the CFRP laminates were 
conducted as follows: Sky Hullo primer #5000 
(Nihon Tokushu Toryo Co., Ltd.) was sprayed onto 
the CFRPs with an air brush.  After that, Sky Hullo 
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topcoat #400 (Nihon Tokushu Toryo Co., Ltd.) was 
painted onto the primer-coated CFRPs with an air 
brush. Adhesion performance of paint layer was 
evaluated via the tape test according to the guideline 
of the Japanese Industrial Standards Committee (JIS 
K5600-5-6).  The cross-hatched cuts with 2 mm 
apart were made on the painting layer by a razor 

blade to form 25 of small squares.  After that, scotch 
tape was applied to the small squares and peeled off.  
The number of the small squares kept on the CFRP 
laminate was counted. 

3 Results and Discussion  

3.1 Morphological properties 

Figs. 3 and 4 show CCD microscope images of the 
Epoxy/CF and PPS/CF laminates exposed to ozone 
atmosphere, respectively.  For the Epoxy/CF, 
surface epoxy matrix is decomposed by the ozone 
exposure and surface roughness is slightly increased 
with increasing concentration of ozone atmosphere 
(Fig. 3), and no degradation is found inside.  At the 
exposure of 0.5% of ozone atmosphere, liquid-like 
decomposed product appears on the surface of the 
Epoxy/CF, and the decomposed product can be 
easily wiped off.  On the other hand, at the exposure 
of 10% of ozone atmosphere, powder-like 
decomposed product deposits on the surface area.  

 
 

Fig. 1 Photographs and schematic diagram of ozone exposure equipment; (a) Overview, (b) sample chamber, and (c) 
schematic diagram [(1) PSA ozonizer, (2) air feed, (3) humidity controller, (4) air pump, (5) ozone concentration 
monitor, (6) sample chamber, and (7) ozone killer]. 

 

 
 
Fig. 2 Photograph of YAG laser irradiation experiment. 
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The reason of the difference in the states of 
decomposed products resulting from 0.5 % and 10 % 
of ozone exposures is under consideration. 
For the PPS/CF laminate, visible decomposition at 
surface PPS matrix cannot be found, whereas micro-
cracks are formed and the micro-cracks are 
propagated from surface region to inside with 
increasing concentration of ozone atmosphere (Fig. 
4).  The micro-cracks might be brought by release of 
residual stress which would be stored at production 
process of the PPS/CF laminate.   
YAG laser irradiation for the CFRPs also provides 
decompositions of the matrices.  Fig. 5 provides 
surface appearance of Epoxy/CF and PPS/CF 
laminates pretreated by the YAG laser irradiation. 

Increased laser power, however, results in 
considerably damaged and roughened surface.   
Surface atomic compositions of surface-pretreated 
CFRPs were investigated by XPS measurements.   
Fig. 6 represents XPS spectra of surface-pretreated 
Epoxy/CF laminates.  It is found the peaks assigned 
to Si are found on the as-received laminate (Fig. 
6(a)) because of the existence of a silicone-type 
release agent [9].  As shown in Fig. 6(b), for 
conventional handwork sanding, the Si peaks are 
disappeared, which indicates the release agent is 
successfully removed.  For 10% of ozone exposure, 
however, the Si peaks are still remained (Fig. 6(c), 
whereas the peaks are disappeared for 0.5% of ozone 
exposure (data not shown).   The discrepancy might 

            
 

Fig. 3 Top view of the Epoxy/CF laminate exposed to (a) 0.5 % of ozone atmosphere for 2 h and (b) 10 % of ozone 
atmosphere for 2 h. 

(a) (b) 

            
 

Fig. 4 Cross-sectional view of the PPS/CF laminate exposed to (a) 0.5 % of ozone atmosphere for 2 h and (b) 10 % of 
ozone atmosphere for 4 h. 

(a) (b)
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be related to the difference in the states of 
decomposed products above mentioned.  For 10% of 
ozone exposure, powder-like decomposed product 
which contains release agent cannot be completely 
blown out after ozone exposure experiment, and the 
release agent is still remained on the roughened 
surface of the Epoxy/CF laminate.  On the other 
hand, for 0.5% of ozone exposure, liquid-like 
decomposed product can be easily wiped off, and 
release agent is simultaneously removed from the 
surface of the Epoxy/CF.  The Epoxy/CF laminate 
pretreated by YAG laser irradiation also shows the 
Si peaks (Fig. 6(d)).  There are two possible 
hypotheses to explain the existence of the Si peaks. 
One is that Si or release agent has initially 
penetrated in the certain depth of inner epoxy matrix 
at the curing process to form the CFRP laminate.  
Another is that Si-contained decomposed product 
evaporated by the laser irradiation adsorbs again on 
the surface after passing the laser. 
Fig. 7 shows XPS spectra of surface-pretreated 
PPS/CF laminates.  Small peaks assigned to Si are 
found for the as-received PPS/CF surface (Fig. 7(a)).  
Although there are no information about release 

agent used for the manufacturing process of the 
PPS/CF laminate, this result suggests the existence 
of a silicone-type release agent on the surface.  As 
shown in Figs. 7(b) – (d), the Si peaks are 
disappeared by handwork sanding, ozone exposure, 
and YAG laser irradiation techniques, indicating that 
the release agent is successfully removed from the 
surface of the PPS/CF laminate.  It is also pointed 
out that the effects of surface pretreatments with 
ozone exposure and laser irradiation for the PPS/CF 
laminate are somewhat different from those for the 
Epoxy/CF laminate. 

3.2 Paint adhesion test 

Surface roughness and adhesion performance of 
painting layer of the surface-pretreated CFRPs are 
summarized in Table 1.   

3.2.1 Epoxy/CF laminates  
For the handwork sanding, smaller count or more 
coarse-grid sandpaper provides more roughened 
surface.  It is found for the ozone exposure that 
surface roughness is slightly increased with 
increasing concentration of ozone atmosphere.  
YAG laser irradiation brings about highly roughened 

Energy Density Epoxy/CF PPS/CF 

0.7 J/cm2 

  

2.7 J/cm2 

  

        
Fig. 5 Surface appearance of Epoxy/CF and PPS/CF laminates pretreated by YAG laser irradiation. 
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surface, and the surface roughness is considerably 
increased with increasing energy density. 
All small painting squares coated on the as-received 
Epoxy/CF laminate are peeled off by the tape test 
because of the existing of release agent.  This result 
means poor painting adhesion of the as-received 
Epoxy/CF laminate.  The Epoxy/CF laminate 
pretreated with sandpapers have good adhesion of 
the paint layer.  Considering the results of XPS 
analyses, it can be deduced that the good adhesion 
property is brought by successful removing of 
release agent.  On the other hand, the Epoxy/CF 
laminates pretreated with ozone exposure and YAG 
laser irradiation at moderate conditions show poor 
adhesion.  The poor adhesion properties might be 
brought by both less of surface roughness and 

insufficient removal of release agent.  Whereas 0.5% 
of ozone atmosphere for 10 h and 0.50 mJ/m2 of 
YAG laser irradiation, which are relatively hard 
conditions, induce improved paint adhesion. 

3.2.2 PPS/CF laminates  
As similar to the Epoxy/CF laminates, more coarse-
grid sandpaper provides more roughened surface for 
the handwork sanding.  Ozone exposure and YAG 
laser irradiation also bring about increased surface 
roughness with increasing concentration of ozone 
atmosphere and energy density, respectively. 
The as-received PPS/CF laminate also shows poor 
adhesion properties as similar to the as-received 
Epoxy/CF laminate above mentioned.  This fact 
again indicates the existence of release agent on the 
surface although there are no detailed information 

   
 
 
 

    
 

Fig. 6 XPS spectra of surface-pretreated Epoxy/CF laminate; (a) as-received, (b) handwork sanding (#240), (c) 
ozone exposure (10% of ozone atmosphere for 2h), and (d) YAG laser irradiation (0.36 mJ/cm2).  The asterisks (*) 
are assigned to extraneous elements contaminated during ozone exposure and YAG laser irradiation experiments. 
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about the release agent used for the manufacturing 
process of the PPS/CF laminate.  Handwork sanding 
with #240 or #600 count sandpaper results in poor 
adhesion, whereas the sanding with #150 count 
sandpaper provides good adhesion.  The poor 
adhesion for the sanding with fine-grid sandpapers 
might be considered to be due to a difficulty of 
sufficient handwork sanding to remove release agent 
owing to hard PPS matrix.  It is worth noting for the 
PPS/CF laminate that paint adhesion property is 
improved by not only ozone exposure but also YAG 
laser irradiation carried out at various conditions.  
The good adhesion property is brought by efficient 
removing of release agent, which is consistent with 
the results of XPS analyses.  Especially for the 
ozone exposure, it is considered that an anchor effect 
brought by the surface micro-cracks also contributes 

to the improvement of paint adhesion.  These facts 
mean that ozone exposure and laser irradiation 
techniques are applicable for the improvement of 
painting property of the PPS/CF laminate. 

 

4 Conclusions 

Novel surface pretreatment methods of painting to 
Epoxy/CF and PPS/CF laminates, ozone exposure 
and YAG laser irradiation techniques were 
investigated.  The main results obtained are shown 
below. 
 
1) Ozone exposure and YAG laser irradiation bring 

about increased surface roughness of the 
laminates with increasing concentration of ozone 
atmosphere and energy density, respectively.  In 

    
 
 
 

       
 

Fig. 7 XPS spectra of surface-pretreated PPS/CF laminate; (a) as-received, (b) handwork sanding (#240), (c) ozone 
exposure (10% of ozone atmosphere for 2h), and (d) YAG laser irradiation (0.36 mJ/cm2).   
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particular, ozone exposure at 0.5% of ozone 
atmosphere for 10 h provides preferable surface 
roughness – adhesion relationship. 

 
2) In the case of the Epoxy/CF, conventional 

handwork sanding can successfully remove the 
surface release agent, which leads to improved 
paint adhesion.  On the other hand, the Epoxy/CF 
pretreated with ozone exposure and YAG laser 
irradiation at moderate conditions show poor 
adhesion.  The poor adhesion properties might be 
brought by both less of surface roughness and 
insufficient removal of release agent.   

3) For the PPS/CF, handwork sanding with #150 
count of coarse-grid sandpaper provides good 
adhesion.  Ozone exposure and YAG laser 
irradiation carried out at various conditions also 
brings about improved paint adhesion, indicating 
efficient removing of release agent.  Especially 
for the ozone exposure, it is considered that an 
anchor effect brought by the surface micro-cracks 
also contributes to the improvement of paint 
adhesion. 

 
It is concluded that the ozone exposure and YAG 
laser irradiation techniques are applicable for the 

 
 
Table 1 Surface pretreatment conditions and adhesion property of paint to the CFRP laminates 

 

CFRP Pretreatment Condition Surface roughness [m] Adhesion property 1)

Epoxy/CF 

as-received – 0.25   0 / 25 

sandpaper 

#600 0.30 24 / 25 

#240 0.51 25 / 25 

#150 0.81 25 / 25 

ozone exposure 

10 %, 2 h 0.38   0 / 25 

0.5 %, 2h 0.38   0 / 25 

0.5 %, 10h 0.32 17 / 25 

YAG laser 
0.36 mJ/cm2 1.6   9 / 25 

0.50 mJ/cm2 7.4 23 / 25 

PPS/CF 

as-received – 0.47   0 / 25 

sandpaper 

#600 0.57  1 / 25 

#240 0.71  3 / 25 

#150 1.3 23 / 25 

ozone exposure 

10 %, 2 h 0.78 22 / 25 

0.5 %, 2h 0.58 25 / 25 

0.5 %, 10h 0.42 25 / 25 

YAG laser 
0.36 mJ/cm2 3.0 20 / 25 

0.50 mJ/cm2 4.0 25 / 25 
 
1) {Number of small squares kept on the CFRP laminate after the tape test} / 25. 
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improvement of painting properties of CFRP 
laminates, which is especially effective for the 
PPS/CF.  It is expected that the ozone exposure and 
YAG laser irradiation techniques are widely applied 
for other CFRPs by optimization of treatment 
conditions and these techniques are extensively 
contribute to advanced automatization and 
productivity improvement for CFRP industries. 
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1. Introduction  

In recent years, the use of stitching technology is 

currently regarded as one approach for the cost-

effective assembly of textile fabrics, including those 

with multi-layered non-crimp fabrics (NCFs)[1–

2].Carbon fiber non-crimp fabric, with many 

advantages such as less fiber crimp and higher 

mechanical properties, better drapability, better 

preforming and so on, has great potential for its 

application in the field of advanced resin matrix 

composites. Meanwhile, Stitching threads used for 

NCFs are commonly made of polymer fibres such as 

polyester(PET) and nylon, etc. However, the 

stitching threads, being dissimilar to the reinforcing 

fibers and the matrix, may affect the the overall 

performance of fiber/resin composites[3-4]. 

Therefore, it is important to assess the interfacial 

bonding between the stitching threads and the matrix.  

Meanwhile, the use of NCF/ bismaleimide(BMI) 

composites is more and more popular, especially in 

liquid composite moulding (LCM) process. Thus, 

BMI resins have played an important role as matrix 

materials in high-temperature aerospace structural 

applications due to their superior thermal stability 

and fatigue resistance at high humidity[5]. In such 

applications, the composites are exposed to harsh 

and changing environments featuring a wide range 

of temperatures and ‗‗hot-wet‘‘ exposures, which 

accelerate decline in their mechanical and other 

properties[6]. A variety of correlative experimental 

and theoretical researches have been done to discuss 

the impact of aging on the material performance. 

Some work focused on moisture absorption 

mechanism in BMI resin and its composites. A two-

stage diffusion model[7] has been established: the 

initial fast diffusion can be predicted by Fick‘s law, 

but no equilibrium uptake was observed after nearly 

a year, while the second stage considered the 

structural relaxation induced by absorbed moisture. 

The similar result came from the analysis of Li[5], 

and his FTIR results showed that the non-Fick 

diffusion behavior was due to the hydrogen bonding 

between water and the matrix. 

During the moisture absorption of composites, 

physical changes such as micro-cracks propagation 

and swelling, as well as chemical changes such as 

hydrolysis and chemical scission increase, can 

degrade properties of the materials. Also, the fiber/  

matrix interface can be influenced by moisture 

absorption[8] because resin is extremely easy to 

absorb water which leads to volume expansion, 

while carbon fiber is almost non-absorbent, so that 

the resin‘s swelling generates stress and can cause 

interface debonding[9]. So the study on the 

interfacial bonding strength of NCF/BMI composites 

is also important. 

In this study, to assess the effect of stitching threads 

in NCF, the differential scanning calorimetry(DSC) 

and thermogravimetry (TG) were measured. A 

approach was employed to assess the fibre/matrix 

adhesion between polymer threads and BMI resin by 

transverse fibre bundle (TFB) tests, which could 

measure interfacial bonding strength of the 

fibre/matrix interface in tensile specimens by 

applying normal stress until failure. In order to 

assess the effect of stitching threads on hygrothermal 

property, the interlaminar shear strength of NCF/ 

bismaleimide(BMI) composites subjected to 

hygrothermal aging was tested under wet and dry 

condition. Electron microscopy was used to observe 

the microstructure of materials. 

2. Materials and Experiments 

2.1 Materials  

Five types of stitching threads were studied in this 

paper, including 33 dtex PET, 83 dtex PET, 83 dtex 

meldable PET, 110dtex poly-p-phenylene 

terephthamide(PPTA) and 33 dtex polypropylene 

(PP). The term dtex is the mass in grams per 10000 

meters.  

The BMI resin 6421 used in this study was supplied 

by Beijing Aeronautical Manufacturing Technology 

Research Institute. The curing process is 150 ℃
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/1h+160℃/1h+180℃/2h+220℃/2h, then cooling to 

room temperature. 

2.2 Properties of Stitching threads  

The heat resistance of these stitching threads were 

defined by means of DSC and TG (STA409 C/3/F), 

with the heating rate of 10℃/min, from 25℃  to 

800℃.  

Based on GB/T 14344-2003, tensile properties of 

stitching threads were carried out using Instron 

IX4465 testing machine, with the loading rate of  

20mm/min. The gage length was 250mm. 

The fiber/matrix adhesion between stitching threads 

and bismaleimide resin (BMI6421) were estimated 

by transverse fiber bundle (TFB) tests[10-11]. 
Based on ASTM D638, tensile specimens of  BMI 

resin 6421 containing stitching threads embedded in 

the middle were manufactured. The stitching threads 

were arranged in the transverse direction. Tensile 

properties of the samples were measured on Instron 

IX4465 testing machine. Electron microscopy was 

used to observe the microstructure of fracture 

surface. 

2.3 Moisture resistance of NCF composites 

Two kinds of unidirectional laminates and three 

kinds of quasi-isotropic laminates were 

manufactured by resin transfer molding(RTM) with 

BMI 6421 resin. And the reinforced fabrics were 

NCF-U1, NCF-B1 and unidirectional fibrics. 

Unidirectional NCF laminates are made of uni-axial 

NCF(NCF-U1) and quadri-axial laminates are made 

of uni-axial NCF and biaxial NCF(NCF-B1), 

respectively. The layer sequence of unidirectional 

laminates were [0°]11. The layer sequence of quasi-

isotropic laminates were [(+45°/-45°)/(0°/90°)]2S. 

The hydrothermal properties of unidirectional 

laminates and quasi-isotropic laminates were 

investigated. Mositure absorption and desorption 

curves of these laminates were obtained by 

weighting the specimens until their weight reached 

constant[12]. The percent moisture content Mt 

defined as 

             

100%t i
t

i

m m
M

m


 

                  (1) 

where mt is the weight of moist material and mi 

is the weight of dry material.  

In order to examine the relationship between test 

temperatures and the interlaminar shear strength of 

composites subjected to hygrothermal aging, several 

groups of specimens were put in the same 

hygrothermal environment for 7 days and 14days. 

Based on JC/T 773-2010, interlaminar shear strength 

(ILSS) of the specimens above were carried out 

using Instron 5565 testing machine. The geometry of 

the samples is 20*10*2mm
3
. The failure 

mechanisms were discussed, and the fracture 

morphology of the composites were observed using 

CS3400 scanning electron microscopy (SEM). 

3. Results and discussion 

3.1 Properties of Stitching threads 

To assess the effect of stitching threads, the DSC 

and TG were measured. Fig.1 shows the result. 

Table.1 shows the Tm, Td, crystallinity of stitching 

threads. The three types of PET stitching threads 

have the same melting temperature(Tm), but were 

separated by the area of melting peaks, which were 

attributed to the differences of crystallinity.  

The tensile strength of stitching threads can be 

improved, when increasing the crystallinity. Table.2 

shows the tensile properties of stitching threads. It 

was found that the number of polymer tows 

embedded in the TFB test specimens does not show 

significant effects on their tensile strength. For 

example, the 33 dtex and 83 dtex PET have almost 

the same tensile strength, while the tensile strength 

of 83 meldable dtex PET is 439.14MPa. This 

indicates that, as long as there are threads that can 

provide sufficient interfacial debonding locations to 

cause the formation of the critical cracks, the failure 

stress of the TFB specimen is almost independent of 

the number of polymer threads incorporated. It also 

reveals that the elongation of PET stitching threads 

are 21.30%, 20.60% and 43.70%. In real stitching 

process, it requests that the elongation of stitching 

threads should be suitable with the resin, between  

10% and 40%. D Although the tensile strength of 

PPTA stitching threads is much higher than other 

threads,its elongation is too small, only 2.43%, 

which may induce fiber pick and break in real 

manufacturing process. As to PP stitching threads, 

which have good compatibility with BMI resin,  

were dissolved in it. 

In order to further assess the adhension between 

stitching threads and BMI resin, the tensile strength 

of TFB specimens was determined. Fig.2 shows the 

result. For the TFB specimens successfully tested in 

this study, nearly all of them failed in the middle 

where the stitching threads were located. Fig.3 
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shows the fracture surface of TFB specimens. It is 

seemed that the tensile strengths of specimens 

containing stitching threads is lower than the pure 

BMI resin specimen(65.6MPa), being about 73% of 

those of the pure resin specimen. The strength of 

matrix is much higher than the interfacial bonding 

strength between two dissimilar materials and fiber-

matrix interfacial cracking always occurs first and 

results in failure of the specimen. Due to the higher 

strength than other specimens containing stitching 

threads, PP shows the best compatibility with BMI 

resin, which is in keep with the result of heat 

resistance studies[10]. Fig.4 shows the micro-

structure of fracture surface of TFB specimens. For 

the TFB specimens with PPTA threads, the threads-

matrix interfaces were relatively weak, as 

demonstrated by the SEM photographs in Fig. 4(d), 

where the smooth and clean surfaces of PPTA 

threads can be observed.  

It is noted that, in the tensile testing of the TFB 

specimens, premature failures occur prior to 

reaching the failure load of the matrix, accompanied 

by a sudden drop in tensile stress. It cantherefore be 

postulated that once the applied stress reaches 

thenormal bonding strength of the stitching 

threads/BMIinterface, tiny cracks form as a result of 

threads-matrix debonding at multiple locations and 

these cracks spontaneously coalesce into larger 

cracks due to large stress concentrations at crack 

fronts, triggering the tensile failure of the specimen. 

Consequently, the stress at the specimen failure 

would be equivalent to the bonding strength of the 

threads-matrix interface. 

Above all, the 33 dtex and 83 dtex PET are more 

suitable to be used in stitching process. 

3.2 Moisture resistance of NCF composites 

3.2.1 Moisture absorption and desorption 

Moisture absorption and desorption curves of 

unidirectional laminates and quasi-isotropic 

laminates were shown in Fig.5, Fig.6. The moisture 

absorption of NCF/BMI composites is a function of 

time. In fig.5 and fig.6, the solid lines were the 

Fick‘s diffusion curves obtained by fitting the 

moisture absorption, 

0.75

2
1 exp 7.3t

Dt
M M

b


    
     

                  (2) 

where M is the saturation level of water absorption, 

D is the diffusion coefficient, b is the specimen 

thickness. 

The water uptake is influenced by several 

parameters[14-15]: (1) the hydrophilic character of 

the matrix and fibers, (2) the adhe-sion between the 

fibers and the matrix, (3) the micro-cracks and voids 

in the material, (4) the ―channels‖ in the fibrous 

plies. The resin polymer network controls the 

absorption of water, and in turn the absorption of 

water influences the network. The formation of more 

voids and micro-cracks, which is advantageous to 

water uptake, is induced by the absorption of water, 

accordingly the water absorption saturation level 

increases. 

As shown in fig.5 and fig.6, no matter in 

unidirectional laminates or quasi-isotropic laminates, 

NCF/BMI composites have a higher rate of moisture 

absorption and moisture desorption than 

unidirectional fibric/BMI composites. 

ILSS of unidirectional laminates and quasi-isotropic 

laminates in different hygrothermal processes were 

shown in Fig.7, Fig.8. ―W‖ means moisture 

absorption, ―D‖ means moisture desorption, ―A0‖ 

means blank sample. Such as, ―7W‖ means 7days of 

moisture absorption. The short beam method is one 

of the simplest tests and is widely used for 

measuring the macroscopic interlaminar shear 

strength of composites (ILSS). The composites shear 

properties are mainly dominated by matrix and 

fiber/matrix interface[16]. So we can obtain 

information about changes of composites shear 

properties under wet conditions. In addition, the 

―channels‖ in the fibrous plies cause resin rich 

regions in the NCF/BMI composites, decreasing the 

fiber volume fractions, which will affect the 

mechanical performance and moisture resistance. 

It is clear that ILSS of two kinds of unidirectional 

laminates in different hygrothermal processes are 

almost the same. But ILSS of quasi-isotropic 

composites with NCF reinforced is lower than 

unidirectional fibric reinforced, due to the existence 

of stitching threads. Combined with microstructures 

of the fracture in composites, it seems that stitching 

threads has a significant influence on ILSS of 

NCF/BMI composites in different hygrothermal 

processes, since it absorb water easier than carbon 

fiber, which may reduce the strength of 

materials[13].  

The micro-structure of fracture surfaces of 

NCF/BMI laminates were shown in Fig.9,Fig.10. It 

is found that the surface of fibers is smooth 

withslight amount of resin adhered on the surface for 
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the wet speci-mens, and the dominating deformation 

mechanism is debonding.It suggests that the 

interfacial bond strengths between the fiberand the 

matrix are poor due to hygrothermal aging. 

In addition, there is an obvious difference between 

dry speci-mens and wet specimens: matrix in wet 

specimens is in forms of granular or powdered due 

to matrix plasticization,while dry specimens exhibit 

shear-band. This result just proves that dry and wet 

specimens have different failure pat-terns, and 

different ILSS values(as shown in Fig.7,Fig.8). 

Conclusion 

In real stitching process, it requests that the 

elongation of stitching threads should be suitable 

with the resin, between  10% and 40%. The 33 dtex 

and 83 dtex PET are more suitable to be used in 

stitching process. 

No matter in unidirectional laminates or quasi-

isotropic laminates, NCF/BMI composites have a 

higher rate of moisture absorption and moisture 

desorption than unidirectional fibric/BMI 

composites.The ―channels‖ in the fibrous plies cause 

resin rich regions in the NCF/BMI composites, 

decreasing the fiber volume fractions, which will 

affect the mechanical performance and moisture 

resistance. 
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Table.1. Tm, Td , crystallinity of five types of stitching threads 

Stitching 

Threads 

33 dtex 

PET 

83 dtex 

PET 

83 dtex 

meldable 

PET 

33 dtex PP 
110 dtex 

PPTA 

Tm(℃) 256 256 255 115/255 436 

△Hm(J/g) 68.76 39.12 20.58 28.5 128.50 

Crystallinity 

(%) 
65.3 37.2 19.5 13.7 — 

Td(℃) 435 433 437 429 580 

 

Table.2. Tensile properties of five types of stitching threads 

Stitching 

Threads 
33 dtex PET 

83 dtex 

PET 

83 dtex 

meldable 

PET 

33 dtex PP 
110 dtex 

PPTA 

Tensile 

Strength/MPa 
571.12 586.22 439.14 427.56 2620.20 

CV/% 6.78 6.51 7.35 6.35 6.45 

Tensile 

Modulus/GPa 
2.42 3.48 0.73 1.02 88.54 

CV/% 2.42 3.34 9.28 3.61 0.95 

Elongation /% 21.30 20.60 43.70 41.80 2.43 

CV/% 6.87 5.37 7.56 2.17 6.24 
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（a）33 dtex PET                                     （b）83 dtex PET 
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（c）83 dtex meldable PET                           （d）33 dtex PP 
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Fig.1. The DSC-TG curve of five types of stitching threads 
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（a）Tensile Strength                   (b)Tensile Modulus 

Fig.2. The tensile properties of TFB specimens 

 

 

Fig.3. The fracture surface of TFB specimens 

 

 

（a）33 dtex PET 

 

（b）83 dtex PET 
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（c）83 dtex meldable PET 

 

（d）110 dtex PPTA 

Fig.4. The micro-structure of fracture surface 
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Fig. 5. Mositure absorption and desorption curves for two kinds of unidirectional laminates 
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Fig.6. Mositure absorption and desorption curves for three kinds of quasi-isotropic laminates 
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Fig.7.ILSS of two kinds of unidirectional composites in different hygrothermal processes 
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Fig.8. ILSS of three kinds of quasi-isotropic composites in different hygrothermal processes 
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(a) NCF-U1 

 

(b) Fabric-UD1 

Fig.9. The micro-structure of fracture surface of unidirectional laminates 

 

(a) NCF-U1 

 

(b) Fabric-UD1 

Fig.10. The micro-structure of fracture surface of quasi-isotropic laminates 
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1 Introduction 

Carbon fibre reinforced polymers (CFRP) have 

being applied to main components or structures in 

aerospace field and also in general industrial 

machinery in these days. For the structure under 
multiaxial stress (tension, compression, shear and 

torsion) such as aircraft fuselage and wing quasi!

isotropic laminated plates are adopted because of 
their anisotropy. The quasi!isotropic CFRP 

laminates commonly used have fibre orientations in 

0°, ±45° and 90°, and fibre orientation angle 

mismatch is 45°.  

Usually ply thickness in these carbon fibre 

composite laminates is about 0.15 mm because it 

depends on the prepreg thickness. Meanwhile, 
previous studies have shown that damage resistance 

such as in interlaminar delamination and matrix 

cracking is improved with thin ply thickness [1, 2]. 
Under this background, Saito et al. have revealed 

that the dramatic differences in the mechanical 

properties (tensile, compression and fatigue) are 

achieved by the quasi!isotropic laminates that 
consist of the thin prepreg sheet (less than 0.05 mm) 

with spreading technology [3]. There are also some 

papers available that report remarkable damage 
tolerance of these laminates fabricated with the thin 

prepregs under static tensile, fatigue tensile and out!

of!plane loading by Sihn et al. [4] and constrained 

fatigue crack formation and propagation in plain!
woven CF/epoxy composite using very thin and 

wide tows under cyclic load [5]. The increase of 

interface number between plies that is resulted by 
using thin prepregs has been also clarified to achieve 

large operations in quasi!isotropic laminates in its 

maximum load [6]. It has been also found that the 
thin!ply prepreg affects the damage behaviour in the 

laminates subjected to out!of!plane impact loading 
and improves the compression!after!impact strength 

[7, 8]. 

Recently thin prepregs whose thickness is about 0.05 

mm, which is one!third of that of the conventional 
prepregs, are available at a relatively low price. A 

variety of stacking sequence can be achieved by 

using the thin prepreg even if the plates are in the 
same thickness. This paper evaluates the strength 

and damage behaviour under static tensile load and 

out!of!plane indentation or impact loading of quasi!

isotropic CFRP laminates with small fibre 
orientation angle mismatch, and these are compared 

to that of the conventional quasi!isotropic CFRP 

laminates with 45° fibre orientation mismatch. 

 

2 Experimental 

2.1 Quasi$isotropic Laminates  

CFRP laminates were fabricated in an autoclave by 

using carbon/epoxy prepreg (T700SC/2500, Toray) 

with thickness of 0.05 mm. Its thickness is one third 

of that of the commonly used prepreg of about 0.15 
mm/ply. The thin prepreg can be purchased from 

manufacturer and it costs as much per unit area as 

conventional prepreg. 

Quasi!isotropic (QI) CFRP laminates with small 

fibre orientation angle mismatch between 

neighboring plies are of interest. The mismatch here 

was set to be 15°, and stacking sequence of 
[45/30/15/0/!15/!30/!45/!60/!75/90/75/60]2S was 

adopted. Conventionally so!called QI laminates with 

the 45° mismatch [453/03/!453/903]2S were used for 
comparison. These laminates are denoted as 15QI 

and 45QI, respectively. Furthermore, fibre 

orientation of 45QI was inclined at 15° or 22.5° to 
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obtain stacking sequences of [303/!153/!603/753]2S or 

[22.53/!22.53/!67.53/67.53]2S, and these are denoted 

as 45QI(!15) and 45QI(!22.5), respectively. Each 
laminate consists of 48 plies, and that results in the 

same thickness. 

2.2 Tensile Tests 

Specimens for tensile tests were 200 mm × 10 mm 

coupons with 50 mm × 10 mm GFRP tab adhered in 
both end for grip. An universal testing machine 
(Tensilon RTF!1350, A&D) were used to apply 

tensile load under crosshead speed of 1.0 mm/min. 

Damage initiation and growth in the laminates that 

can be seen in edge face of the coupon were 
observed by using a digital microscope (VHX!100, 

Keyence) by interrupting tensile loading at 

appropriate stress levels. Magnified images of 
fracture surfaces were obtained by scanning electron 

microscope (VE!9800, Keyence). 

2.3 Out$of$plane Static Indentation Loading 

The square plate (100 mm × 100mm) was clamped 

by two steel panels with a 76 mm!diameter central 
opening, and this unit was mounted on the testing 

frame that was incorporated in the same loading 

apparatus described above. A steel indenter with a 
16 mm!diameter hemispherical head was used, then 

out!of!plane static indentation loading were applied 

under displacement rate of 1.0 mm/min. 3 samples 

for each laminate were tested to obtain load ! cross!
head displacement curves.  

2.4 Low$velocity Impact Test 

The 15QI and 45QI laminates were also subjected to 
out!of!plane impact loading by Instron Dynatup 

drop!weight apparatus. As with the static indentation 

the specimen unit where QI laminate was clamped 
by two steel panels using 4 bolts was mounted on 

the impact frame. A steel impactor with a 

hemispherical head 16 mm in diameter was adopted, 

and drop height was 0.395 m for all tests. Applied 

impact energy � to the QI laminates was calculated 

as 

 � = ��ℎ (1) 

where � is mass of the impactor, � is acceleration 

of gravity and ℎ is the drop height. The maximum 

mass used here was 6.91 kg. By adjusting the 

impactor mass 4 different impact energies 13.3, 19.9, 

22.1 and 26.7 kJ were applied to the laminates. A 
secondary impact from a rebound of the impactor 

was prevented by rebound brakes. Internal damage 

induced by impact was inspected by soft X!ray 
radiography (M!100S, SOFTEX). 

 

3 Results and Discussion  

3.1 Tensile Strength and Damage 

Stress – strain relations of 15QI and 45QI are shown 

together in Fig.1. The 15QI laminates showed linear 

behaviour until about 1.5% of longitudinal strain as 
well as the 45QI laminates then ruptured. The 45QI 

laminates exhibited higher longitudinal strain 

compared to the 15QI laminates, resulted in higher 
fracture stress. For the direction perpendicular to the 

tensile load the 15QI laminates fractured in a brittle 

manner after showing about !0.8% transverse strain. 

In contrast to this, relatively large transvers strain of 
!2.7% was achieved by the 45QI laminates before 

the fracture. Stress – strain behaviour of the 45QI(!

15) and 45QI(!22.5) was almost the same before the 
brittle fracture at the longitudinal strain of about 

1.0% as shown in Fig.2. Mechanical properties of 3 

samples for each laminate are averaged in Table 1. 

Young's moduli and Poisson's ratios were 
comparable between all laminates tested, but 

fracture stress of 595 MPa for the 15QI laminates 

was lower than that of the 45QI laminates of 752 
MPa. This could be resulted by lower volume 

fraction of 0° plies where carbon fibres are aligned 

parallel to the loading direction that dominate tensile 
strength of the plate. The 15QI laminates have only 

four 0° plies compared to twelve plies for the 45QI 

laminates. Inclined 45QI laminates showed much 

lower fracture stress, that can be seen in the results 
of the 45QI(!15) and 45QI(!22.5) laminates. Each 

inclined laminate has no 0° ply, and contains !15° or 

±22.5° plies that can be deemed as main stress 
member. If the 15QI laminates are inclined at 15° 

one can imagine that there are also four 0° plies 

because ply configuration are the same then 
equivalent tensile strength would be achieved 

though its stacking sequence is not exactly the same. 
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DAMAGE BEHAVIOUR IN QUASI$ISOTROPIC CFRP LAMINATES 

WITH SMALL FIBRE ORIENTATION MISMATCH 

Damage initiated in the edge!face of the laminates 

was observed as shown in Fig.3. Transvers cracking 

can be seen first in the middle 90° ply with 6!ply 
thickness then same damage in other 90° plies and 

intensive crack in the middle 90° ply follows as 

well!known for researchers. In the 15QI laminates, 

in contrast, matrix cracking can be seen in all layers 

except 0° and ±15° plies and these cracks were 
connected in a step!like manner. 

 

 

 

 

 

 

Fig.3 Damage aspects of the quasi!isotropic CFRP 

laminates with (a) 45° and (b) 15° mismatch. The step!

like matrix cracking was enlarged in (c). 

 

 
Fig.1 Stress!strain curves of the quasi!isotropic CFRP 

laminates with fibre orientation mismatch of 15° and 

45°. 

 
 

 
Fig.2 Stress!strain curves of the quasi!isotropic CFRP 

laminates with fibre orientation mismatch of 45° under 

inclined loading direction. 

 

 

Table 1 Tensile properties of the QI laminates tested. 

 

Young's 

modulus 

[GPa] 

Poisson's 

ratio 

Stress at 

rupture 

[MPa] 

15QI 43.7 0.374 595 

45QI 42.5 0.347 752 

45QI(!15) 42.0 0.342 430 

45QI(!22.5) 40.0 0.335 416 
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Crack density is evaluated here using obtained 

image of the edge!face that contain cracks in the 

laminate. The density �  here is defined by 

summation of number of plies � where each crack 

propagated across them divided by evaluated area �. 

That is, 

 � =
�

�
 . (2) 

A portion of the observed surface 2.7 mm × 14.7 

mm was adopted as evaluated area � . The crack 
densities as a function of applied stress for every 100 

MPa in the 15QI and 45QI laminates are shown in 

Fig.4. The crack initiation in the 45QI laminates was 
found to be observed in lower stress compared to the 

15QI laminates. Some researchers revealed that 

higher stress is required for cracking that initiates in 
laminates with thinner plies. The 15QI laminates 

tested here have one!third of the ply thickness 

compared to the 45QI laminates this fact resulted in 

higher crack initiation stress. 

Fig.5 shows SEM images of the fracture surface of 

the 15QI laminates. The 0° and its adjacent plies are 

magnified as in Fig.5(a) fibre breakage can be seen 
not only in 0° but also in ±15° and ±30° plies, and 

they formed corkscrew!stair!like arrangement. The 

outermost 45° also exhibited fibre breakage as can 

be seen in Fig.5(b). The 60° and 90° plies showed 
matrix cracking dominated fracture. In the 

conventional 45QI laminates the fibre breakage is 

observed only in 0° plies, and other plies fracture 
with matrix cracking and interlaminar delamination. 
It is considered that most of the plies including other 

than 0° ply can sustain tensile load until carbon 

fibers break because the small fibre orientation angle 
mismatch between adjacent plies resulted in low 

interlaminar shear stress between plies then 

interlaminar delamination is suppressed in the 15QI 
laminates. 

Based on these facts the 15QI laminates are deemed 

to have more isotropy not only in Young's modulus 

but also in tensile strength while carbon fibres in 0° 
or adjacent plies can contribute strength in any 

loading directions as opposed to the direction 

dependent tensile strength in the conventional 45QI 
laminates. 

3.2 Out$of$plane Indentation Behaviour 

Obtained load – indenter displacement curves are 

shown in Fig.6. Higher maximum load was achieved 

 

 

 

Fig.5 SEM images of the 15QI laminates after tensile 

fracture. 
 

 

 

 

Fig.4 Crack density as a function of the applied stress in 

the quasi!isotropic laminates. 
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by 15QI laminates while the curve behavior until 

each maximum load was almost the same. It should 

be noted that large load drop was shown by the 15 
mismatch laminates after the maximum load; this is 

in contrast to that small increase and decrease in 

load value was shown by the 45QI laminates. 

One of the main factors that initiate interlaminar 
delamination in CFRP laminates under out!of!plane 

loading is interlaminar shear stress, which is derived 

by the difference in fibre orientation angle mismatch 
between adjacent plies. Based on this fact it is 

deemed that interlaminar delamination onset in the 

15QI laminates is suppressed because of their small 
mismatch in fiber orientation compared to the 45QI 

laminates. Intermittent onset of matrix cracking and 

delamination resulted in the increase and decrease in 

load for 45QI laminates. Compared to this, the 15QI 
laminates is considered to fail in catastrophic 

manner after the higher maximum load because of 

the suppression of delamination. It is also found that 
fibre rupture triggered the final fracture of the plate, 

and interlaminar delamination and matrix cracking 

dominated failure can be seen in 45 mismatch 

laminates as shown in Fig.7. 

3.3 Impact Response and Internal Damage 

Impact responses obtained by the drop!weight tests 

are shown in Fig.8. Displacement were derived here 
by integrating acceleration of the impactor twice that 

is calculated by using load and the impactor mass. 

Impact behaviour for each laminates is summarized 
in Table 2. Area surrounded by the load – 

displacement curve was adopted as energy absorbed 

by the test plate. The impact behaviour is found not 
to depend on the difference in the fibre orientation 

angle mismatch evaluated here. 

Soft X!ray images that reveal the internal damage 

after the impact with impact energy of 22.1 J are 
shown in Fig.9. Interlaminar delamination, matrix 

 

 

Fig.6 Load – displacement curves obtained by the static 

indentation loading. 
 

 

 

 

 

Fig.7 Photograph of non!indented side of the QI 

laminates after the indenter penetrated the plate. 
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cracking and fibre splitting can be seen clearly 

thanks to contrast agent. One can see the area of 

most widespread delamination is comparable for 
each laminates in Fig.9(c) and (d), this is resulted by 

the stainless steel plates that clamp the laminate; 

they prevented the delamination from being wider. 

Apparent difference between the projected 

delamination areas in each interface between plies 

cannot be seen, however it is found that number of 
interface that delaminated is smaller and matrix 

cracking which is depicted by black lines initiated 

locally near the impact point in the 15QI laminates. 
There are many matrix cracking also near the 

delamination edge in the 45QI laminates, this is not 

observed in the 45QI laminates. It is interesting to 

note that the localized impact damage in the 15QI 
laminate compared to the 45QI laminates resulted in 

the energy absorption be almost the same. By 

quantitative evaluation of these impact damage by 
such as tensile or compression after impact, 

applicability for real structure of QI laminates with 

small fibre orientation angle mismatch as tested here 
will be comprehended in the future. 

 

4 Summary 

Mechanical properties and damage behaviour under 
tensile, out!of!plane indentation and impact were 

evaluated for the quasi!isotropic (QI) CFRP 

laminates with small fibre orientation angle 
mismatch of 15° that consists of thin plies, and these 

were compare to that of the conventional QI 

laminates with 45° mismatch. 

Tensile strength was found to be lower for the QI 
laminates with small mismatch against the 

conventional QI laminates. However the small 

mismatch exhibited more isotropy also in tensile 
strength while the conventional laminates failed 

much lower stress when they were loaded in inclined 

direction such as 15° and 22.5°. The laminates with 
small mismatch have appropriate fibre plies that 

align at nearly the same direction with any load, then 

the strength of the carbon fibres effectively work 

and contribute the strength of the plate. Furthermore, 
interlaminar delamination and matrix cracking are 

suppressed by the lower shear stress resulted by the 

small mismatch and thin plies. The property of the 
carbon fibres are exerted much better by these facts. 

Under out!of!plane indentation loading, the indenter 

penetrated the small mismatch laminates in brittle 
manner with localized damage near the indented 

point after showing higher maximum load while 

matrix cracking and delamination occurred in broad 

area in the conventional QI laminates. Same 

 

 
 

 
 

Fig.8 Impact responses (a) load – time and (b) load – 
displacement curves of the 45QI and 15QI laminates 

under drop!weight out!of!plane impact loading. 

 

 

Table 2 Average impact behaviour of the QI laminates. 

 

Impact 

energy 

[J] 

Absorbed 

energy 

[J] 

Max. 

load 

[kN] 

Max. 

deflection 

[mm] 

45QI 

13.3 9.7 5.42 4.67 

19.9 16.4 6.60 5.80 

22.1 19.7 7.33 6.29 

26.7 23.8 7.78 6.78 

15QI 

13.3 9.6 5.55 4.57 

19.9 15.7 6.72 5.65 

22.1 19.9 7.27 6.15 

26.7 22.9 7.84 6.62 
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Fig.9 Soft X!ray images of the interlaminar delamination and matrix cracking in the 45QI and 15QI laminates induced 

by drop!weight impact. 

tendency that localized damage was observed in the 
small mismatch laminates was exhibited under drop!

weight impact load, however absorbed energy 

during the impact event were comparable between 
the small mismatch and conventional QI laminates. 

Qualitative evaluation of the impact damage and 
relation between damaged area and repair efficiency 

of the plate would help researchers discuss 

applicability of the small!mismatch quasi!isotropic 
laminates further. 
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Abstract 
 
The principal objective of this paper is to propose 
experimental methodology for the characterization 
of delamination onset in carbon fiber composite 
materials under quasi-static and fatigue loading. The 
approach is based on fracture mechanics and 
Acoustic Emission Structural Health Monitoring 
(AE-SHM). Delaminating processes in the opening 
mode (mode I), in the sliding mode (mode II) and in 
mixed opening and sliding modes were simulated 
using Double Cantilever Beam (DCB), End-Notch 
Flexure (ENF) and Mixed-Mode Bending (MMB) 
samples, respectively. Unidirectional and woven 
samples were mechanically tested and stress waves 
were monitored to characterize the initiation of the 
interlaminar decohesion process. In quasi-static tests, 
the critical strain energy release rate GC was 
determined over a range of mixed-mode ratios. For 
the woven specimens, mode I fatigue testing and 
acoustic emission monitoring were applied to 
determine the number of cycles at which delamination 
initiates in the specimens for a given strain energy 
release rate, to construct onset delamination fatigue 
curves and to establish a correlation between the 
cumulative acoustic emission energy distribution and 
the delamination growth rate. The discrimination 
between noise and signals from composites cracking 
is essential for fatigue monitoring. AE data are 
usually disturbed by noises of different frequency 
ranges. However, achieving clear discrimination of 
AE emitted during crack initiation and crack growth 
in the presence of continuous background noise,  

 
 
 
 
such a noisy AE signals emitted during opening and 
closing of cracks, is challenging signal processing 
task. In this work, we present a new experimental  
methodology that can analyze and discriminate 
between the AE signals, related to real damage 
emitted under mode I fatigue cracking, from those 
AE noisy signals emitted by the friction or fretting 
of existing fracture surfaces during fatigue loading 
ranges.  
 
1. Introduction  
 
Carbon fibre-reinforced composites display 
outstanding resistance to fatigue loading, but are 
susceptible to internal damage that can seriously 
alter their mechanical properties. The increasing use 
of composite materials in primary structural aircraft 
applications has emphasized the need to encompass 
their principal mode of failure, which is 
delamination under fatigue loading. This damage 
causes a serious diminution of mechanical properties 
such bending stiffness in particular. Many 
mechanical causes can lead to delamination [1]. 
Among these are fatigue loads, interlaminar shear 
stresses, applied compressive loads, defects in the 
manufacturing processes and environmental 
exposure. According to Pagano and Schoeppner [2].  
, Raju and O’Brian [1] diverse technological reasons 
generate delamination in composite structure in 
service (cf fig.1).  

APPROACHES FOR AE MONITORING OF DELAMINATION 
ONSET AND GROWTH IN COMPOSITES  
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Fig.1 Technical aspects generating delamination in composite structure [1]. 
 
For the cases of delamination due to curved sections, 
the normal and shear stresses at the interface of two 
adjacent plies can cause a loss of adhesion and the 
initiation of an interlaminar crack. Also, 
delaminations appear in structures which have 
abrupt section changes, such as ply drop-offs, unions 
between stiffeners and thin plates, free edges, and 
bonded joints. Other group of causes of 
delamination onset are related to temperature and 
moisture effects. The difference between the thermal 
coefficients of the matrix and the reinforcement 
results in differential contractions between the plies 
during the curing process of the laminate. The 
residual stresses resulting from the differential 
contractions might be a source of delamination [3]. 
Similarly, the different expansion of the plies of the 
laminate during the absorption of moisture might be 
a cause of delamination [4]. Delamination may also 
originate during the manufacturing stage due to the 
shrinkage of the matrix during cure, or due to the 
formation of resin-rich areas that result from poor 
practices when laying the plies [5]. During service, 

delamination may appear under different 
circumstances, such as in the case of concentrated 
loads generated by low velocity impacts. After 
initiation, internal or near-surface delaminations can 
propagate under static or fatigue loads. Delamination 
growth redistributes the stresses in the plies of a 
laminate, and may influence residual strength and 
fatigue life. In addition, the delamination damage 
mode is especially subtle because it may easily 
escape detection since the delaminations are 
frequently embedded within the composite structure 
in areas with difficult access to NDT inspection.  
In recent years, many studies concentrated on damage 
monitoring of composite structures in order to assess 
their integrity. The detection and monitoring of crack 
initiation and growth in real time and in service is over 
the capacity of the most conventional nondestructive 
testing techniques. Acoustic emission (AE) wave 
monitoring is one of a limited number of methods that 
permit continuous monitoring of the onset and growth 
of damage with the possibility of quantifying the 
degradation of the loaded structures [6-10]. Acoustic 
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emissions are transient elastic waves generated by the 
rapid release of energy from localized sources within a 
material [11]. In composites, such sources include 
fiber failure and matrix cracking, fiber-matrix 
interface separation and delamination. Acoustic 
emission methodology uses an acoustic emission 
transducer to listen for signs of the formation of a 
crack in a structure. Abrupt internal stresse 
redistribution caused by crack growth, liberate stress 
waves that travel through the material and are 
detected by a piezoelectric sensor [12]. Hamstad [6] 
reviewed the areas in which AE has been 
successfully used for composite studies. The present 
work compares the delamination onset envelopes 
obtained in unidirectional composites with those 
obtained in plain weave composites when subjected 
to quasi-static mixed mode loading. Different 
approaches are compared to determine the critical 
strain energy release rates for delamination in mode 
I, mode II and mixed mode loading in carbon 
fibre/epoxy laminates. Fatigue testing with acoustic 
emission monitoring was performed on plain weave 
samples in mode I at different energy release rate 
ratios (GIMAX /GIC = 0.3 to 0.8). A first series of tests 
was performed, aimed at detecting delamination 
initiation and constructing a fatigue curve. A second 
series of tests was then performed, aimed at studying 
crack propagation and establishing correlations 
between the cumulative AE energy distribution and 
the delamination growth rate. In this study, a cluster 
analysis algorithm was used to classify AE signals 
generated during fatigue loading and a signal 
discriminating approach was developed in order to 
recognize noise induced by fatigue crack opening and 
closing. 
 
2. Experimental procedures 
2.1 Materials 
The test samples were prepared with unidirectional 
G40-800 and plain weave WG30-500 3KPW carbon 
fibre pre-impregnated with CYCOM® 5276-1 epoxy. 
The mechanical properties from the supplier’s 
specification sheet are listed in Table 1. 

Table 1 Material properties 
 

 

Plates consisting of 16 superposed prepreg plies 
were made in a heated press and samples were cut to 
nominal dimensions [13] with a diamond saw. The 
average dimensions of the test samples are listed in 
Table 2. Each sample contained a mid-plane anti-
adhesive film on a portion of its length to create an 
initial delamination. The film thickness was 26 µm 
for the unidirectional samples and 50.8 µm for the 
woven samples.  
 

Table 2 Sample width and height 
 

 

 
2.2 Testing apparatus and quasi-static testing 
 
The unidirectional DCB and MMB samples were 
tested on a 4206 Instron load frame. A 150 kN A532-1 
load cell was used for the DCB samples and a 
5 kN 2512 M6 load cell was used for the MMB 
samples. A MTS load frame with a 2.5 kN load cell 
was used to test the ENF samples. All of the woven 
samples were tested on a MTS load frame with a 15 
kN load cell. In the DCB and MMB setups, loading 
was introduced through hinges glued to the sample 
with a cyanoacrylate-based adhesive. The ENF 
samples were simply put on the testing apparatus with 
care taken to ensure their alignment. Once loaded, the 
samples did not shift or change position. The MMB 
support span (2L) was 125 mm, the ENF support span 
was 94 mm and the ENF initial delamination length to 
half-span ratio a0/L was 0.5. A thin layer of white nail 
polish was applied on one side of the sample 
and 5 mm increments were marked so that, during the 
tests, the position of the delamination front could be 
observed with a Dinolite digital microscope. All quasi-
static tests were run in displacement control at 
0.5 mm/min. The test setups are presented elsewhere 
[9]. 
 
2.3 Fatigue delamination testing   
 
Two types of mode I fatigue tests were performed on 
the plain weave samples. The first type of test 
measured the number of cycles N for delamination 
initiation at different energy release rate ratios 
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GIMAX/GC. The second type of test measured the crack 
growth rate da/dN for several energy release rate 
ranges ∆G (GMAX - GMIN). All fatigue testing was 
performed at 5 Hz under displacement control with a 
load ratio R (GMIN/GMAX) of 0.1. For each desired 
energy release rate ratio GIMAX/GIC, the 
displacements δMAX and δMIN corresponding to the 
desired GIMAX and GIMIN were estimated using 
Equation 1 [14]: 
 

IC
ICIC

MINMAXI

MINMAXI a

a

G

G
δδ

2

0,

, 








∆+
∆+

=
 

(1) 

Equation 1 compares the fatigue sample to be tested 
with a same dimension sample that was statically 
tested to produce the critical values of strain energy 
release rate GIC, crack length aIC, displacement δIC and 
the delamination extension correction ∆. The initial 
delamination length of the fatigue sample is given by 
a0. Since both reference and fatigue samples have the 
same geometry and material properties, their GIC and 
load-displacement behaviors are expected to be the 
same. The strain energy release rate applied to the 
fatigue sample was measured experimentally using 
Modified Beam Theory (MBT-ASTM D5528) as [15]  
 

)(2

3

∆+
=

ab

P
IC

G
δ    (2) 

where δ represents the load point displacement, the 
parameter ∆ accounts for rotation of the cantilever 
legs at the delamination front. The applied load is 
defined by P, the thickness by 2h, the crack length 
by a and b is the width of the sample. Fatigue testing 
was performed according to ASTM D6115 [16]. A 
test consisted of multiple fatigue displacement blocks 
as shown in Figure 2.The plateau at δMAX was reached 
within 5 seconds and a dwell time of 15 seconds 
provided sufficient time to record the delamination 
length. The cyclic loading would last between 1 and 
1100 seconds, depending on the desired number of 
cycles N to be applied. The second dwell time was 
also 15 seconds and the ramp down to δMIN lasted no 
more than 5 seconds. In delamination propagation 
testing, the longest cumulative cyclic loading time was 
11648 s (∑N = 58240 cycles). This was attained by 
applying 15 consecutive loading blocks, each 
containing an increasing number of applied cycles N. 
The difference between the delamination onset and 
crack growth rate tests is in the number of cycles N in 

the displacement block spectrum. For both tests, the 
first block contained a small number of cycles Ni. 
Each successive block contained a 50% increase in the 
cumulative number of cycles, i.e. Ni+1 = 1.5Ni. The 
crack length was measured at the plateaus in the 
displacement block and the load was measured 
throughout the test. Delamination onset was monitored 
using a standard 5% compliance increase method and 
by AE wave detection. The compliance was measured 
at the plateaus and the number of cycles causing 
failure was interpolated in the corresponding 
displacement block. 

Fig. 2 Displacement block spectrum in cycling

  
Onset from AE wave detection was considered to 
occur at the number of cycles when an initial sharp 
increase in AE energy was detected, corresponding to 
a first significant damage event. This AE method is 
believed to be more accurate in obtaining the 
delamination onset fatigue life than compliance 
monitoring or other classical means.  
Delamination propagation testing was performed at 
higher cycles than the onset testing, allowing for 
macroscopic crack propagation. The testing was 
stopped when, for an additional loading block, there 
was no significant crack propagation. Acoustic 
emission wave monitoring was performed on the 
samples in order to compare trends in the energy 
detected with fracture mechanics parameters such as 
crack length, crack propagation rate and load range. 
 
2.4 Acoustic emission monitoring 
 
Acoustic emission monitoring was done with a 
Physical Acoustics Corporation (PAC) WD Rk02 
piezoelectric sensor attached to the end of the samples 
with hot melt adhesive. This sensor had a broadband 
frequency response between 100 kHz and 1 MHz. The 
recorded events were amplified with a 40 dB gain 
model 2/4/6 preamplifier and were digitized and 
recorded by a µDiSPTM acoustic emission system from 
PAC. The sampling period was 500 ns and the 
acquisition threshold was set between 45 and 50 dB. 
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AE signal processing was done with AEwinTM 
software and displayed in real time on a computer 
screen. After the test, the AE signals were further 
analysed using Noesis Software (Envirocoustics S.A.). 
In order to reduce the noise recorded by the AE 
sensor, small amounts of putty was placed around the 
hinges and loading points as well as on the grips. The 
putty had the added benefit of securing the samples in 
place before loading. 
 
3. Results and Discussion 
 
3.1 Quasi-static mixed-mode failure envelopes 
 
In order to produce a large number of data points with 
a small number of samples, multiple tests were run on 
the unidirectional MMB samples. To be consistent 
with the test conditions, the unidirectional DCB and 
ENF samples were pre-cracked. Several methods of 
finding the critical strain energy release rate GIC were 
investigated, such as the calculation at the points of 
deviation from linearity and compliance increase. Due 
to the non linear behaviour of the materials, the 
preferred method for calculating GIC was to use beam 
theory at the point of maximum load on the load-
displacement plot. The GC for mixed mode loading 
and mode II loading were also calculated from the 
maximum load point. AE monitoring was performed 
on all of the samples except for the ENF specimen. A 
representative load-displacement plot of a 
unidirectional MMB sample loaded at a mode ratio of 
GI/GII = 2.41 is shown in figure 3. When the 
cumulative acoustic energy is plotted against the load 
on the sample, interesting acoustic information can be 
extracted from the test. Two slopes can be seen in the 
cumulative acoustic energy curve of figure 3. 

 Fig. 3 Example of AE energy accumulation for MMB 
loading, c = 85.37 mm, GI/GII = 2.41 

The first slope is associated with a low rate of damage 
accumulation in the sample, detected by a low rate of 
AE energy accumulation. After a certain load point, 
the rate of damage accumulation is seen to change 
significantly and then stays relatively constant before 
the maximum load is reached. Once the maximum 
load is attained, macroscopic crack propagation is 
observed, there is a sharp drop in the load and the 
cumulative acoustic energy increases at very high rate, 
as shown by the logarithmic energy scale. In figure 4, 
the GC calculated using beam theory at both the AE 
damage onset and AE delamination onset are 
compared to the GC at maximum load for all of the 
unidirectional samples over a range of pure mode I to 
pure mode II loading. For each specimen, AE damage 
onset appeared at a lower energy level GC than AE 
delamination onset, which itself was lower than the 
critical energy release rate measured from the 
maximum load point. This is also shown by the 
polynomial fits used to outline the failure envelopes. 
The GC presented for mixed mode loading is simply 
the sum of the GI and GII components.  

 
Fig. 4 Unidirectional (bottom, full lines) and plain 
weave (top, dashed lines) failure envelopes. 
 
Since the AE signals are recorded before the 
maximum load is attained, failure criteria determined 
with AE signal recordings would be more severe than 
these obtained with the maximum load method. 
Failure criteria based on AE signal recordings could 
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better represent damage onset and accumulation 
before there is macroscopic failure in a composite 
specimen. Further testing is necessary to develop such 
failure criteria. 
 
3.2 Delamination under mode I fatigue loading 
 
All fatigue tests were performed on plain weave 
samples under mode I loading. The principal 
objective was to determine if there was a correlation 
between the acoustic emission feature parameter 
such as energy of AE signals recordings and fracture 
mechanics measurements such as the crack growth 
rate da/dN.  To a achieve this objective, an 
experimental methodology was developed to 
identify and classify of AE noisy signals emitted by 
the fretting of existing fracture surfaces during 
fatigue loading under mode I. A first fatigue analysis 
was performed, adjusting the AE acquisition 
parameters so that the AE data would be recorded 
with a minimum amount of signal noise. This 
consisted of cycling a sample 10 times with different 
AE gains, thresholds and different R ratios. For the 
experimental setup, effective gain and threshold 
were found to be 40 and 45 dB respectively. A R 
ratio of 0.1 was found to maintain a sufficient load 
on the hinge to keep the pin from slipping and 
creating undesired friction signals which would be 
detected by the AE sensor. Once appropriate 
acquisition parameters were determined, AE signals 
containing different levels of energy could be seen at 
different points in the load curve.  
 
Analysis of AE noise emitted during cycling 
 
Discrimination between noise and AE signals 
associated with composite cracking is essential for 
fatigue damage monitoring and AE damage source 
identification. As described by Weaver and Surgeon 
[7], the noise signals can be confused with the real 
damage signals.  Introducing signal processing 
approaches to eliminate these kind of signals will 
help to increase confidence in results obtained by  
AE technology applied to fatigue damage 
monitoring.  
AE data is usually disturbed by several types of noise 
at different frequency ranges [7]. The high-frequency 
noise is caused principally by the measurement 
equipment and the surrounding environment. 
Unwanted signals can be generated by the testing 

process itself; low-frequency signals can be caused by 
the loading machine and high-frequency noise can be 
caused by damage formation such as crack face 
rubbing and fretting. The measured AE signals thus 
contain undesired signals superimposed on cracking 
signals. Discrimination between fatigue crack 
initiation and crack growth from background noise is a 
difficult process and noise filtering continues to be a 
major problem in applying AE in fatigue health 
monitoring.  
To overcome the external noise and noise generated 
during the fatigue test, such as opening and closing of 
cracks, advanced signal analysis based on statistical 
pattern recognition of the AE signals was applied to 
recognize and filter the undesirable signals. Figure 5 
shows a representative portion of individual AE signal 
energies superimposed on the load, shown by the 
dashed line.  

 
Fig. 5 AE energy and cyclic loading versus time 
 
Higher intensity AE signals appear at peak loads, 
whereas the lower energy signals can be found upon 
unloading of the sample and also between the load 
peaks. These different AE signals would be associated 
with different damage mechanisms, and the lower 
intensity signals could be friction due to crack opening 
and closing. The periodic rubbing between existing 
fractures faces during fatigue loading can generate 
repetitive emissions that are not associated with 
damage.   
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Discrimination of noisy AE was performed using an 
unsupervised cluster analysis algorithm in Noesis 
(Envirocoustics S.A.), which uses a K-means 
clustering method that minimizes the square error of a 
given number of clusters [17-18].  The procedure of 
signal classification starts with an initial number of 
clusters containing AE data points and assigns the 
remaining AE data points to one of the predefined 
clusters by nearest neighbour classification. The 
cluster’s centers are updated and the process continues 
until there is no longer any change in the AE data 
pattern class membership. In this work, AE signals 
were represented by a set of 7 characteristic 
parameters extracted from the time and frequency 
domains: number of counts, energy, duration, 
amplitude, RMS, signal strength and frequency 
centroid. 

 
Fig. 6 Cluster analysis evolution results of AE actual 
damage and noisy AE signals 
 
Applying this classification technique, the recorded 
events were first separated into two clusters, the first 
(cluster 1) is associated with undesirable noises and 
the second (cluster 2) is related to real damage source. 
To analyze the waveform shapes and the frequency 
content of the AE signals that are emitted when the 
stress reaches the maximum value as shown by figure 
6, a third cluster (cluster 3), was created to group only 
the AE signals emitted at the largest opening of the 
fracture surfaces. Figure 6, shows the evolution in 
time of such clusters during loading and shows a 
clear separation between clusters (cluster 2 and 3) 

which are associated with real damage and the 
cluster that can be associated with surface fretting 
noise (cluster 1).  Friction and fretting emissions are  

 
Fig. 7 Typical AE signal from cluster 1 associated to 

fretting crack surfaces 
 
therefore characterized by low-level event intensities 
and occur throughout the entire range of cyclic 
stresses when the load reaches a minimum values. 
Preliminary examination of waveforms and frequency 
spectra shows that the majority of the signals grouped 
in cluster 1 are characterized by low amplitude levels 
and low and higher frequency components as shown 
by figure 7. 

 
Fig. 8 Typical AE signal from cluster 3 associated to 

matrix cracking damage 
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The fretting signals are characterized by many 
frequency peaks appearing around 100 KHz, 200 
KHz, 620 KHz and 717 KHz. For the signals grouped 
in cluster 3, the signal analysis presented by the figure 
8, shows that all events generated during the 
maximum amplitude fatigue loading exhibit similar 
waveform shapes and similar frequency spectra 
content and are characterized by high signal 
amplitudes and relatively energetic frequency peaks 
appearing at low frequencies around 97 KHz. These 
signals correspond to matrix cracking damage and 
are emitted when the fatigue load level reaches the 
maximum values.  Figure 9 shows an example data 
projection in feature space, signal strength versus 
duration, where clusters were well separated. The 
solid symbols corresponding to real damage such as 
matrix cracks and delamination are grouped in the 
same cluster and the open symbols corresponding 
to signals emitted during fretting of crack surfaces 
are related to cluster 1.  

 
 

Fig. 9  AE data projection in features space of signal 
strength versus duration. 

 
The noise discrimination investigation proposed in 
this article could be used effectively in AE noise 
rejections and may help in using the AE technique 
more reliably for fatigue crack monitoring in 
composite materials. 
 
 
 

Fatigue delamination growth 
 
This part of the paper presents the experimental results 
and the fatigue data processing methodology to 
establish a relationship between the AE energy 
distribution of the signals detected during 
delamination growth and fatigue crack growth rate.  

 
Fig. 10 Cumulative AE energy distribution and 
delamination growth 
 
Figure 10 presents the results of AE fatigue damage 
monitoring. The results are plotted in terms of 
cumulative distributions of AE signal energy as a 
function of the number of loading cycles applied to the  
DCB specimen. Three stages appear in the cumulative 
AE energy distribution. The first stage, which extends 
from 0 to 1442 cycles, is characterized by very intense 
acoustic activity. The second stage is located between 
1442 and 10842 cycles and the last stage starts at 10 
842 and finishes at 16244 cycles. For comparison 
purposes, the delamination length as a function of 
fatigue life is added to figure 10. Both the cumulative 
AE energy and the crack length curves show similar 
trends throughout the three stages as the number of 
load cycles increases. The variation of measured crack 
length with number of cycles shown in figure 10 
demonstrates that the rate of crack growth decreases as 
the number of cycles increases. The slope of the 
crack length as a function of cycling was used to 
calculate the fatigue crack growth rate, da/dN, 
which is plotted in Figure 11. During the first 
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stage, the delamination growth rate is high and is seen 
to decrease as the delamination grows. After 1442 
cycles, the delamination growth rate stabilizes. During 
this second stage, the cumulative acoustic emission 
activity continues to increase at a constant, albeit 
lower rate than seen in the first stage. After 10 842 
cycles, in the final stage, da/dN falls to a nearly 
negligible rate and the AE energy accumulation is at 
its lowest. 
Since the testing was performed at constant 
displacement and there is significant crack growth, the 
applied energy release rate range ∆G varies 
throughout the test. It is well known that due to the 
non planar interplay structure of woven fabric 
composites, a delamination crack will interact with 
matrix regions and the weave structure during its 
propagation under   mode I loading. Multidirectional 
lay-ups frequently pose problems because of crack 
branching and/or oscillations of the delamination from 
the central plane. It was found that the fracture 
mechanics approach of determining the crack growth 
rate as a function of strain release rate based on the 
DCB test standards such as the Paris law do not apply 

when crack oscillation is observed.  
Finally, this paper demonstrates that the one of 
advantages of the AE based structural monitoring 
technique is the possibility to estimate the rate of 
damage growth directly from the AE signals without 
going through a fracture mechanics analysis.  
Fig. 11 Delamination growth rate and cumulative AE 
energy distribution 
 

4. Conclusion 
 
This paper presented an experimental methodology to 
trace mixed-mode failure envelopes for fracture 
toughness and delamination initiation in unidirectional 
and woven carbon fiber specimens. These envelopes 
were traced using strain energy release rates calculated 
using beam theory equations. Acoustic emission stress 
waves originating from the appearance of interlaminar 
micro fractures were monitored during DCB, MMB 
and ENF loading experiments. Since AE monitoring is 
able to detect micro damage mechanisms that occur 
before delamination, AE surveillance could establish 
damage initiation and delamination onset criteria. 
Delamination growth results demonstrate that the AE 
technique offers great potential in determining the 
delamination growth rate without having to use a 
fracture mechanics. 
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1 Introduction  

Fiber reinforced composite laminates are typically 

formed by laying up a multiple number of plies 

made of reinforcing fibers and resin, cured by 

applying heat and pressure or by using a catalyst-

accelerator system. Due to multiple plies of different 

orientation, the interlaminar stresses build up at the 

laminate edges. Structural epoxies have poor 

interlaminar strength and toughness that causes 

premature delamination under load and ultimately 

leads to structural failure or loss of stiffness. Several 

methods have been reported over the years to 

enhance the interlaminar fracture toughness and 

delamination resistance of composite laminates, 

such as matrix toughening, optimization of stacking 

sequence, laminate stitching, braiding, edge capping, 

and critical ply termination. Alternatively ductile 

interleaving by polymer film in composite laminates 

was initially found to be attractive [1-3]. The film 

either blends with the parent resin during cure or 

deforms alone plastically to improve toughness. The 

approach quickly lost attraction because of increased 

weight/thickness and loss of inplane strength and 

stiffness. A similar concept that is becoming more 

attractive is the polymer nanofiber interleaving [4, 

5]. Recent works in this area have been reviewed in 

[6, 7]. Shivakumar et al. [5] demonstrated that 

interleaving AS4/3501-6 composite laminate with 

nylon 6, 6 nanofibers produced by electrospinning 

increased the damping by 13%, reduced the impact 

damage size to one-third [8], increased fracture 

toughness and resistance by 150% and 30%, 

respectively, significantly increased delamination 

onset life; and increased the fatigue threshold energy 

release rate by 67% without any loss of in-plane 

stiffness and strength [9]. However, the more recent 

works of Ali et al. [10] with IM7-G/8552-1 and 

reactive polyethersulfone (r-PESU) nanofibers 

showed a 13% loss of compression strength. Thus 

that not all combination of thermoplastic nanofiber 

and thermoset resin will lead to improved facture 

toughness. Hence there is need for assessing the 

compatibility of base composite resin with the 

polymer nanofiber. Furthermore, there is need to 

develop simple test methods to qualify the material 

combination. This paper focuses on identification 

and assessment of compatibility test methods for 

interleaved composite laminates. 

 

2 Compatibility Test Methods 

The conventional test methods [11] used for stiff and 

strong fibers such as fibers like glass, kevlar, and 

carbon with resin are not suitable for nano polymer 

fibers. Therefore qualitative test methods that 

provide a first approximate estimation of toughness 

improvement are chosen.  They are: wettability, 

solubility, and peel tests. The details of each these 

test methods are discussed below.  

 

2.1 Wettability Test 

When a liquid resin drop is brought onto the solid 

surface, the contact of liquid/solid surfaces reaches 

an equilibrium condition based on the surface 

tension properties. Whether it will wet the surface or 

not depends on the relative magnitudes of the 

molecular forces that exist within the liquid and 

between the liquid and the solid. That can be 

measured by the contact angle between the liquid 

and solid (see Fig. 1). Smaller the contact angle 

better will be wettability. The contact angle θ is 

related to the surface properties of  the nanofabric 

(f), the epoxy matrix (m), and air (a) systems by the 

Young equation as [12]. 
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where fa, fm, and ma are the interfacial tensions 

between the fiber and air, the fiber and matrix, and 

the matrix and air, respectively. By conducting tests 

at different temperatures (room temperature to high 

temperature) the contact angle could be measured. 

This method is suitable to assess the compatibility of 

VARTM and RTM resins on nano fabric.  

Air

Epoxy



AE

EF

Nanofabric

AF

 

Fig.1. Schematic of the wettability test 

 

2.2 Solubility Test 

The second test is the solubility test, which 

addresses the survivability of the nanofibers during 

the cure cycle of the base resin. The test is different 

for liquid resin (VARTM/RTM) and autoclave 

prepreg resin. The two test methods are explained 

below.  

 

2.2.1 Liquid Resin System  

The principle of nanofiber solubility test for liquid 

epoxy resin involves submersion of nanofabric 

samples in the resin system; the temperature is 

varied as per the cure cycle and visually observing 

the sample till the resin gels. To conduct the test, 

mix the electrospun nanofabric (size about 10 x 10 

mm
2
) in a clean glass beaker containing (room 

temperature) cure epoxy resin/hardener. Stir the 

mixture bottle with a magnetic stirrer for about 5 

minutes. Visually observe the nanofabric for 

dissolving in the resin. If the nanofabric is not 

dissolved, continue the stirring till the resin system 

gels. This procedure can be repeated at elevated 

temperature. Insolubility of the nanofibers in resin is 

required to simulate the complex fracture process 

such as, nanofiber separation, pullout and fracture.  

2.2.2 Prepreg System 

This test is performed on a prepreg at elevated 

temperature to simulate cure cycle of matrix resin.  

The example describe here is for AS4/3501-6 

prepreg. Similar procedure can be used for any 

prepreg. In this test method a nanofabric sample is 

pressed over the prepreg ([0/90]) stack and then the 

whole assembly is heated over hot platens as per the 

cure of prepreg. By visually observing the solubility 

of the nanofibers in the resin matrix is assessed. The 

schematic of the test is shown in the figure 2. To 

conduct the test, 2 ply of 127 x 127 mm
2
 square 

prepreg were cut; stacked in [0/90] sequence and 

then debulked. Carefully place the nanofabric 

specimen of size 102 x 102 mm
2
 over the prepreg. 

Cover the assembly by nanofabric with release film 

and pressed by hand rollers. Sandwich the prepreg 

assembly between release film covered metal plates. 

The assembly is then placed over a hot plate 

maintained at stage I curing temperature of the 

prepreg (for e.g. 116 
o
C for AS4/3501-6 

carbon/epoxy). Observe the nanofabric sample for 

every 15 minutes interval till the end of stage I 

curing and then set the temperature to final cure 

temperature of the prepreg (for e.g. 177 
o
C for 

AS4/3501-6 carbon/epoxy). Allow the prepreg 

assembly to cool to room temperature. Visually 

inspect the sample to check the solubility of the 

nanofibers in resin matrix.  

 

 

Nanofabric

Prepreg

Metal plate 

with Teflon 

fabric

Hot plate
 

Fig.2. Schematic of the solubility test 

 

2.3 Peel Test 

The peel test is similar to DCB test but is performed 

on a very thin laminate. The method directly 

measures the toughening of the interleaved 

nanofiber. In this test, the peel force is a measure of 

enhancement of toughness.  The peel specimens can 

be made from any prepreg, the one for AS4/3501-6 

carbon/epoxy is shown in figure 3. The ends of the 

specimens are pulled appart by controlling crosshead 

movement. The load and cross-head displacement, 

and crack extensions are recorded continuously. The 

schematic of the peel test is shown in figure 3. The 

average peel load per unit length is used to define 

the peel strength. Comparison of the peel strength of 

base and interleaved composite provides a 
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qualitative estimate of improvement of toughness by 

interleaving. 

 
 

P

P

Laminate

 
P

P

Laminate

 

                     (a)                                 (b) 

Fig.3. Peel test specimen. (a) Schematic (b) 

Photograph 

 

3 Experimentation 

3.1 Materials  

The resin matrix system used for wettability test is 

given in Table 1. Aerospace grade AS4/3501-6 

prepreg supplied by Hexcel Composites was 

selected for laminates. The polymers used to prepare 

electrospun nanofibers are Zytel 101 Nylon 6, 6 

supplied by Dupont company and Virantage VW-

10200 RP reactive polyether sulfone (r-PESU) and 

Radel R-5000 Polyphenylene sulfone (PPSU) were 

supplied by SOLVAY Plastics. 

Table 1. Resin system used for compatibility 

assessment 
Material Supplier/Processing Condition

SC-15 Epoxy

Applied Poleramic Inc

Resin/Hardener mix ratio: 100/30

Gel time: 3.3 h  Cure: RT

SC-79 Epoxy

Applied Poleramic Inc

Resin/Hardener mix ratio: 100/40

Gel time: 7 h  Cure: RT

EPON 828 Epoxy

Miller-StephensonmChemical Company, Inc

Resin/Hardener mix ratio: 100/40

Gel time: 138 mins, Cure: RT

URC-Epoxy

Uniter Resin Corporation

Resin/Hardener mix ratio: 100/40

Gel time: 90 mins, Cure: RT

DERAKANE 510A-40

Vinyl Ester

Ashland Inc

Resin/Catalyst/Accelerator mix ratio: 100/1.25/0.3

Gel time: 48 mins, Cure: RT  
 

3.2 Electrospinning of Nylon 6,6, r-PESU, and 

PPSU 

Electrospinning uses an electrostatic force to spin 

fibers from a polymeric solution. The details of the 

electrospinning principle can be found in ref. [4]. 

The dope solution was prepared by dissolving 

polymers in solvents. Electrospun nanofabrics were 

prepared by using an in-house electrospinning 

apparatus (figure 4a) composed of: (i) a high voltage 

power supply (ii) a syringe pump, (iii) two syringe 

assembly containing the polymeric solution, each 

syringe is equipped with stainless-steel blunt-ended 

needle and connected with the power supply 

electrode, and (iv) a grounded rotating collector. The 

precision syringe pumps feed the polymer solution 

to syringes that were positioned at the opposite sides 

of the collecting drum through Teflon tubes at 

constant volumetric flow rate. The electrospinning 

process parameters for different polymers are given 

in table 2. Fiber morphology was observed with a 

FEI XL30 scanning electron microscope (SEM) at 

an accelerating voltage of 15 kV. The SEM image of 

the electrospun Nylon 6,6 nanofabric is shown in 

figure 4b. The fiber diameter ranged from 67 to 198 

nm. The measured average areal density of the 

nanofabric was about 2.47 g/m
2 

with a standard 

deviation of 0.25. 

 

 
                                           (a) 

 
                                            (b) 

Fig. 4. Electrospinning and morphology of 

electrospun Nylon 6,6 fibers (a) Setup (b) SEM 

micrograph. 
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Table 2. Electrospinning process parameters for 

different polymers 
Electrospinning Parameters Nylon, 6,6 r-PESU PPSU

Solvent
Formic acid/Chloroform

(75: 25 w/w)

Dimethyl

acetamide

Dimethyl

acetamide

Solution concentration, % w/w 12 27 27

Solution flow rate, ml/h 0.4 0.3 0.3

Spinning voltage, KV 35 40 40

Distance between needle and 

collector, cm
21.5 20.3 20.3

Drum linear speed, m/s 3 3 3

Spinning duration, h 7.5 8 8

Temperature, 
o
C 22-26 22-26 22-26

Relative humidity, %RH 40-50 45-55 45-55  

3.3 Fabrication of Laminates and Test Specimens 

Two different tests required two different types of 

panels. Accordingly, base and interleaved thin 

laminates were fabricated for solubility and peel 

tests. Laminates of size 127 mm x 127 mm x 0.25 

mm were fabricated for solubility specimens 

whereas panels of size 152 mm x 152 mm x 0.51 

mm were fabricated for peel specimens. The peel 

specimens were made from prepregs (for e.g. 

AS4/3501-6 carbon/epoxy). A Teflon insert of 25 

mm length was used as a delamination initiator 

between the top [0]2 and bottom [0]2 plies of 

prepreg. Spacer strips of 0.5 mm thickness were 

used to control the laminate thickness. The whole 

assembly was placed in a hot press and the prepreg 

was cured as per the specification of the prepreg 

supplier. The applied pressure is about 100 psi. The 

polymer nanofiber interleaved specimen is made by 

placing a layer of electrospun nanofabric at the mid-

plane (delamination plane). The schematic of the 

laminate fabrication is shown in figure 5. Cut the 

panel to 152 mm (length) x 25 mm (width) size 

using tile saw. Due to the ultrathin nature of the 

laminates, integral flexible loading hinges can be 

made just by bending the specimens at a location 25 

mm from the edge. To prepare the integral flexible 

hinges, bond the aluminum tape around the bent 

location and mark a line at a location 25 mm from 

the edges and then bend the specimens using straight 

edge. 

 
Fig. 5. Schematic of laminate fabrication for peel 

test 

3.4 Testing 

Three types of tests were conducted, namely, 

wettability, solubility, and peel test. There were no 

standards for these tests in-house developed 

procedure was used. Measurements of the contact 

angle between the RT cure resin and the Nylon 6,6 

nanofabric were performed by visual observation at 

room temperature. In order to obtain the contact 

angle of the polymer matrix on the nanofabric 

surface, drops were placed on the nanofabric surface 

and images were captured at different time intervals. 

In the experiments, a micro-pipette was used to 

control the volume of the drops. All tests were 

repeated three times for each type of the resin 

samples.  

Solubility test is a visual observation test. Peel tests 

were conducted by opening the ends of the 

specimens by controlling crosshead movement, 

while the load and cross-head displacement are 

recorded continuously. The tests were conducted at 

displacement rates of 25.4 mm/min. The average 

peeling load per unit length was used to define the 

peel strength. Three specimens were tested for each 

sample. 

 

4 Results and Discussion 

4.1 Wettability 

The wetting angle, between RT cure resins with the 

Nylon 6,6 nanofabric were measured by visual 

observation (qualitative). The experimental 

observations of different matrices are given in Table 

3. The schematic of the resin drops at 0, 2, 5, 15, 45, 

and 90 minutes of time intervals are shown in the 

table. It can be observed from the table that at t = 0, 

the contact angle is less than 90
o
 for SC-15, SC-79 

and DERAKANE 510A-40 resin system which 

indicates that these resins wets the nanofabric. The 
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epoxy resin systems such as EPON828 and epoxy 

showed contact angles of approximately 90
o
 at t = 0. 

This indicates that these resin’s wettability to nylon 

6, 6 is not good. It can also be observed from the 

table 3 that the spreading rate is different for 

different type of matrices. Both SC-15, SC-79 resins 

showed similar contact angles and spreading rate 

and showed almost complete absorption in the 

nanofabric after 90 min. Whereas resins such as 

EPON828 and URC-epoxy showed similar wetting 

characteristics with respect to contact angles and 

spreading rate. On the other hand, vinyl ester resin 

showed  less than 90
o
 at t = 0 and it spread quickly 

with time, thereby indicating wetting of the 

nanofabric. Vinyl ester resin showed no sign of 

spreading on the nanofabric and the shape of the 

resin droplets remained unchanged even after 90 

minutes. Among all the resins, SC-15 and SC-79 

showed lower contact angles and higher spreading 

rates. This can be attributed to the low viscosity (350 

cps) and longer gel time (7 hours) of SC-15 and SC-

79 epoxy resins in comparison to EPON 828 (1,210 

cps, gel time 138 min) and epoxy (7,445 cps, gel 

time 90 min) resins. The figure 6 shows the 

photograph of the wetability test of various matrices 

on Nylon 6,6 nanofabric after 90 minutes. It can be 

observed from the figure that all the resin matrices 

wet the Nylon 6, 6 nanofabric. In the figure it can 

also be noted that SC-15, SC-79 epoxy resins 

spreads much better than EPON 828 and URC-

epoxy resins and DERAKANE 510A-40 vinyl ester 

resin does not spread at all. 

Table 3. Resin wettability visual observations 
 

SC-15 SC-79 EPON 828 URC-Epoxy

0

Wetting, 

Contact angle 

less than 90
o

Wetting, 

Contact angle 

less than 90
o    

Quasi wetting, 

Contact angle ~ 

90
o    

Quasi wetting, 

Contact angle ~ 

90
o

Wetting, Contact 

angle less than 90
o    

2

Spreading in 

progress 

Spreading in 

progress 

Spreading in 

progress 

Spreading in 

progress

No spreading 

5

Spreading in 

progress 

Spreading in 

progress 

Spreading in 

progress 

Spreading in 

progress

No spreading 

15

Spreading in 

progress 

Absorption (little 

resin left on 

surface)

Spreading in 

progress 

Spreading in 

progress

No spreading

45

Spreading in 

progress

Absorption (little 

resin left on 

surface)

Spreading in 

progress 

No more 

spreading

No spreading

90

Absorption (little 

resin left on 

surface)

Absorption (little 

resin left on 

surface)

Spreading in 

progress 

No more 

spreading

No spreading

Time, 

minut

es

Epoxy Resin

Vinyl ester 

 

SC-15

SC-79

EPON 828

DERAKANE 510A-40

EPOXY

 
Fig. 6. Photograph of the wettability test after 90 

minutes for various resin matrices 

 

4.2 Solubility 

The dissolution of nanofibers in 3501-6 epoxy resin 

is visually observed. Figures 7 and 8 shows the 

photograph of the laminates before and after the test. 

It is clear from the figure 8 that both r-PESU and 

PPSU nanofibers were completely dissolved in 

3501-6 epoxy resin whereas the Nylon 6,6 

nanofibers remain undissolved. 

 

 

(a)                                    (b) 

 
(c)                                    (d) 

Fig. 7. Photograph of the solubility test laminates 

before curing. (a) Base (b) Nylon 6,6 nanofabric (c) 

r-PESU nanofabric and (d) PPSU nanofabric 
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Not Dissolved 

 
(a)                                    (b)  

 
Dissolved Dissolved 

 
(c)                                    (d) 

Fig. 8. Photograph of the solubility test laminates 

after curing. (a) Base (b) Nylon 6,6 nanofabric (c) r-

PESU nanofabric and (d) PPSU nanofabric. 

 

4.3 Peel 

The peel load-displacement response of base and 

nanofibers interleaved AS4/3501-6 carbon/epoxy 

laminates are shown in figure 9 through 12. From 

figures it is clear that both base and nanofibers 

interleaved AS4/3501-6 laminate showed initial 

linear response. For comparison purpose, the 

average load-displacement response of base and 

nanofibers interleaved AS4/3501-6 carbon/epoxy 

composite specimens is plotted in figure 13. From 

this diagram it is highlighted that the Nylon 6,6 

interleaved laminate shows sudden drop in load after 

peak value whereas the r-PESU and PPSU 

interleaved samples showed gradual decrease of load 

after peak value. Table 4 summarizes peak load 

values for base and nanofibers interleaved 

AS4/3501-6 carbon/epoxy composite specimens. 

The average peak load of base AS4/3501-6 samples 

was about 5.7 N. The Nylon 6,6 interleaved sample 

showed an improvement of about 32% in peak peel 

load. Such an improvement can be attributed to the 

non-dissolvability of Nylon 6,6 nanofibers in 3501-6 

epoxy resin. From the solubility tests it is clear that 

Nylon 6,6 fibers did not disolve in 3501-6 epoxy 

resin and survived after cure. The survivability of 

nanofibers can lead to fracture morphology where 

events such as pull out, stretching, separation, and 

breakage of Nylon-66 nanofibers can occur and 

enhance fracture toughness. Whereas the r-PESU 

and PPSU nanofibers interleaved sample showed 

about 9% increase in peak peel load. Such marginal 

peak load increase may be due to the dissolution of 

these nanofibers parent 3501-6 resin system and 

forming a tougher blend. However, fracture 

toughness and resistance enhancement may not be 

assured. 
 

Load, 

N

Displacement, mm

Spn-1

Spn-2 Spn-3

Load, 

N

Displacement, mm

Load, 

N

Displacement, mm

Spn-1

Spn-2 Spn-3

 
Fig. 9. Peel load-displacement response of base 

AS4/3501-6 laminate 
 

Displacement, mm

Load, 

N

Spn-1

Spn-2

Load, 

N

Spn-1

Spn-2

 
Fig. 10. Peel load-displacement response of Nylon 

6,6 nanofibers interleaved AS4/3501-6 laminate 
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Fig. 11. Peel load-displacement response of r-PESU 

nanofibers interleaved AS4/3501-6 laminate 
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Displacement, mm
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Fig. 12. Peel load-displacement response of PPSU 

nanofibers interleaved AS4/3501-6 laminate 

 
 

Load, 

N 

Displacement, mm 

Base 

Nylon 6,6 Interleaved 

r-PESU Interleaved 
PPSU Interleaved 

 
Fig. 13. Comparison of peel load-displacement 

response of base and nanofibers interleaved 

AS4/3501-6 laminate 

 

Table 4. Peak peel load data for base and nanofibers 

interleaved samples 

15

16

17

18

19

20

B C D

5.7 (0.69)*

Nylon 6,6 7.5 (0.78)

r-PESU 6.2 (0.0)

PPSU 5000 6.2 (0.56)

Laminate
Peak Load, 

N

Baseline

Interleaved

*standard deviation  

 

4.4 Assessment 

The solubility and peel tests were applied to: (i) base 

and Nylon 6,6 nanofibers interleaved AS4/3501-6 

composites and (ii) base and r-PESU nanofibers 

interleaved IM7-G/8552-1 composites. From the 

solubility test it is very clear that Nylon 6,6 is not 

soluble in 3501-6 resin whereas r-PESU is 

completely soluble in 3501-6 resin system. Also, 

peel test results showed that the Nylon 6,6 

interleaved AS4/3501-6 composite samples showed 

about 32% increase in peak peel load whereas the r-

PESU and PPSU interleaved composites showed 

marginal increase in peak peel load. In order to 

relate the solubility and peel test results to the actual 

fracture test results it is worth reporting the fracture 

toughness of base and interleaved AS4/3501-6 

laminates. Mode I fracture test results reported in 

ref. [4] showed that the Nylon 6,6 nanofibers 

interleaved AS4/3501-6 composite laminates 

increased the fracture toughness and resistance by 

150% and 30%, respectively. Whereas the test 

results reported in ref. [8] showed that the fracture 

toughness of r-PESU nanofibers interleaved IM7-

G/8552-1 composite laminates remained almost the 

same as the base laminate, whereas the fracture 

resistance (GIR) increased with weight % of r-PESU, 

marginally at low nanofiber content and about 40% 

at 1.1%. From the comparison of test results of 

solubility, peel and fracture, it can be inferred that 

the non-soluble Nylon 6,6 nanofibers interleave 

which showed maximum peel resistance is a better 

candidate for fracture toughness enhancement. On 

the other hand, the soluble r-PESU nanofibers 

interleave which showed marginal improvement in 

peel resistance did not alter the fracture toughness of 

base laminate. More comprehensive tests are needed 

to correlate the peel resistance to the fracture 

toughness values. 
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5 Concluding Remarks 

Three simple screening test methods were proposed 

to assess the compatibility between electrospun 

nanofibers and the resin matrix of the composite 

laminate. The tests are wettability (suitable for liquid 

resin used in VARTM/RTM), solubility, and peel 

tests. If they are satisfied then fracture toughness and 

resistance in the interleaved composite is expected to 

be higher. These tests were conducted on RTM, 

VARTM and prepreg resins. Wettability test is a 

quality control test, indicating the go and no-go 

results. If the resin is not wettable to nanofibers then 

the nanofabric is not be suitable for interleaving. 

Wettability tests showed that all the RT cure resin 

systems such as SC-15, SC-79, EPON 828, URC-

epoxy, and DERAKANE 510-40A wet the Nylon 

6,6 nanofabri;, SC-15 and SC-79 epoxies spreads 

better than EPON 828 and URC-epoxy resins. The  

DERAKANE 510A-40 vinyl ester resin does not 

spread at all thus indicating that Nylon 6, 6 

interleaving is unlikely to improve the toughness. 

Solubility tests showed that r-PESU and PPSU 

nanofibers completely dissolved in 3501-6 epoxy 

resin whereas the Nylon 6, 6 fibers did not. Nylon 

6,6 interleaved AS4/3501-6 samples showed about 

32% increase in peak peel load whereas the r-PESU 

and PPSU nanofibers interleaved sample showed 

marginal increase (~ 9%) in peak peel load. 

Corresponding fracture toughness properties 

improved for Nylon 6, 6 and barely improved for r-

PESU and PPSU. The present work demonstrated 

that simple test methods such as wettability, 

solubility and peel can be utilized to assess the 

nanofiber-matrix compatibility.  
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It has been a challenge for two decades to 
assemble the extremely strong carbon nanotubes 
(CNTs) into macroscopic CNT composites that 
break the strength ceiling of carbon fiber 
composites. Here we report the fast 
incorporation of long CNTs into polymer matrix 
using a novel approach, stretch-winding, to 
produce composites that are much stronger than 
any current engineering composite (see Fig. 1). 
The CNT composites reach a strength of 3.8 
GPa  (see      Fig. 2),     an   excellent   electrical 
conductivity and a high thermal conductivity 
(see Fig. 3). These superior properties are 
primarily derived from the long length, high 
volume fraction, good alignment and reduced 
waviness of the CNTs that are produced.  The 
combination  of  high strength and excellent 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
electrical and thermal conductivities makes 
CNT composites a promising enabler of new 
aerospace technologies and adventures.    
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Figure 1. (a) Schematic illustration of the concept 
of straightening CNTs before embedding them in 
polymer matrix in a layer-by-layer fashion. (b) 
Schematic illustration of the experimental setup for 
the stretch-winding process.  

 
 
Figure 2.  (a) Comparison of the tensile strength and 
Young’s Modulus of currently available engineering carbon 
fiber reinforced polymer composites (CFRP) as well as CNT 
composites reported previously. Note that all data are from 
composite samples. The blue filled squares are from existing 
high-strength CFRP and the green filled diamonds are from 
those of currently existing high-modulus CFRP. The 
unfilled circles are best CNT composites reported previously 
[9, 22, 27]. (b) Comparison of the specific tensile strength 
and specific modulus of the stretch-wound composites with 
the best engineering CFRP. The data were calculated based 
on a density of 1.6 g cm-3 for CFRP (60 vol.%) and 1.4 g 
cm-3 for the stretch-wound composites (46 vol.%). 
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Figure 3. (a) Typical stress-strain curves of pristine CNT sheet, unstretched and stretched composites, demonstrating a 
significant improvement of the mechanical properties through aligning and straightening of CNTs. Effect of stretching on (b) 
tensile strength and (c) Young’s modulus, (d) thermal conductivity, and (e) electrical conductivity of the composites.  
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AbstractAbstractAbstractAbstract

Incompatibility between basalt fibers and phenolic
resin matrices leads to poor interfacial bonding in
their composites. This study aims to investigate the
effects of plasma treatment on the basalt fiber surface
properties. The scanning electron microscopy shows
increased fiber surface roughness due to plasma
treatment, which favors mechanical interlocking of
the interface; The water contact angle test shows the
plasma treatment technique do not wreck the
wettability of basalt fibers. The result of the single
fiber tensile strength indicates that the plasma
treatments has no detectable influence on the basalt
fiber tensile strength. Micro-bond test shows the
changes of the interfacial shear strength of the basalt
fibers. The interfacial shear strength (IFSS) are raised
41% when plasma treatment time are 30 and
40s,while 19% when plasma treatment time are 20s.
Therefore, it can be concluded that the plasma
treatments on the basalts can improv e the basalt
fibers’ compatibility to the phenolic resin.

1.1.1.1. IntroductionIntroductionIntroductionIntroduction

Fiber-reinforced composite materials are part of the
general class of engineering materials called
composite materials. It is usual to divide all
engineering materials into four class: metal, polymer,
ceramics and composites. Because of the excellent
property, such as high strength, high thermal

stability,naturally fire resistance,highly inert,and less
harmful to human and the environment, etc. Basalt
fiber-reinforced composites have been in service in
engineering applications for many years.
However,this fiber don’t gain wide applications until
fiber-reinforced polymer (FPR) composites are
widely applied in modern industry . And now FRP
composites continue to win widespread application in
aerospace, automotive, and sports. And many
researches have been carried out to develop
environmental fiber materials for the last decade[3,4].
As a result, basalt fiber is found attractive as a new
reinforcing fiber material. Basalt fiber is extruded
from melted basalt rock that consists mainly of Si and
Al oxides[5]. The tensile strength of single basalt
fiber can be as high as 4800 MPa[4] and also it has
excellent thermal and chemical stability. In addition,
Basalt fiber has better mechanical properties than
E-glass fiber, is more widely available and is cheaper
than carbon fiber. Since its manufacturing process is
simple (melting and extrusion) compared to that of
glass fiber, basalt fiber consumes less energy, and
reduces environmental waste such as carbon dioxide
through the manufacturing process. With more and
more product of basalt fiber reinforced polymer
applying in civil engineering and other areas, there is
an increasing need for the knowledge on the interface
properties of basalt fiber reinforced polymer.
It was well known that good adhesion was achieved
through chemical bonding, favorable wettability and

SURFACESURFACESURFACESURFACEMODIFICATIONMODIFICATIONMODIFICATIONMODIFICATIONSSSS ONONONON BASALTBASALTBASALTBASALT FIBFIBFIBFIBERERERERSSSS
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mechanical interlocking, etc. Plasma technology has
attracted much attention in surface modification of
fibers for its environmentally favorable advantages .
In recent years, atmospheric pressure plasma devices
have been developed to overcome the drawbacks of
low pressure plasma treatment in which an expensive
and complicated vacuum system is required. It works
under an open environment and has short treatment
time, greater flexibility and fewer restrictions on the
treated material.
Atmospheric-pressure non-thermal plasmas were
produced by electrical discharges in the low gases.
Most researches employed organic fibers, although
surface modification of fibers by plasma treatment
appeared to be a still very active field of
technological researches. Previous works in this field
focused on organic fibers. Comparatively very few
researches have been conducted on inorganic fibers,
especially basalt fibers. Some studies have
investigated processes and mechanical and physical
properties of basalt fiber and its composites with
polymer matrices. M.T.Kim et al.[4] applied basalt
fiber as a reinforcing material to epoxy resin, and the
interfacial properties between basalt- fiber and epoxy
resin are improved by oxygen plasma treatment, and
this increased the interlaminar fracture toughness of
basalt/epoxy woven composites. G.J.Wang et al.[7]
also investigated the plasma-induced surface changes
on morphologies and active group, the results
exhibited a remarkable increase in chemical stability
and excellent adhesion, accompanied by extensive
etching.
However, the research about the surface
modifications of basalt fiber is insufficient in
particularly for a long term life, especially interface
properties between basalt fibers and phenolic resin
matrices ,which have been applied widely in the high
temperature resistant fields, like aviation and space,
chemistry etc. Therefore, in this paper, the influence
of the surface treatment such as the plasma
treatments on the basalt fibers were investigated and
analyzed. The effects of plasma treatments were
discussed and clarified based on scanning electronic

microscope (SEM) observation, dynamic contact
angle analysis, single fiber tensile strength test and
the interfacial shear strength test of the fibers to the
phenolic resin. And the basalt fibers were treated by
an atmospheric pressure plasma jet system. The IFSS
of fiber/matrix interface was measured by
Micro-bond test.

2.2.2.2. ExperimentalExperimentalExperimentalExperimental

2.12.12.12.1MaterialsMaterialsMaterialsMaterials

In this paper, the basalt fibers (diameter:13 micron;
tensile strength: 2.5 GPa; modulus: 105 GPa) were
provided by Shanxi Basalt Fiber Technology Co.,
Ltd.(Taiyuan,China). And the matrix was phenolic
resin provided by SI Group-Shanghai
Co.,Ltd.(Shanghai,China). Thermal properties of both
basalt fiber and phenolic resin are superior. Both of
them have outstanding stability to heat, retaining a
high percentage of strength after exposure to
temperatures to 600 °C for a limited time. It is proved
that increasing of the time of tempering leads to the
acceleration of structural changes[14].

2.22.22.22.2 SSSSamplesamplesamplesamples PreparationPreparationPreparationPreparation

The basalt fibers were randomly divided into two
groups: untreated and plasma treated. The plasma

FFFFig.1.ig.1.ig.1.ig.1.Diagram of APPJ system
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treatment was carried out using an atmospheric
pressure plasma jet (APPJ) system.
An APPJ system ( Model AtomfloTM-R 250 of Surfx
Company,USA) was used for plasma treatment of the
samples. The radio frequency was 13.56MHz and the
discharge power was 40 W. Helium gas with a purity
of 99.99% was introduced into a nozzle at a flow rate
of 20 L/min and the plasma jet system covered an
active area of 2mm×10 mm. The single basalt fibers
were fixed on a frame with distance of 2 mm from
the nozzle and were moved on a conveying belt
vertical to the nozzle at a rate of 6 mm/s. The
stationary treatment time was equivalent to20, 30 and
40 s in choice. All the sample preparation and
treatment were performed in an environment of 20 °C
and 65% relative humidity(RH). Untreated group was
used for the comparison of samples after plasma
treated.

2.2.2.2.3333Micro-bondMicro-bondMicro-bondMicro-bond ppppuuuull-outll-outll-outll-out testtesttesttest

The samples preparation mainly involved
manufacturing micro-droplets by tying a sphere of
phenolic resin around a single basalt fiber. The
samples were heated at 100 ◦C for 4 hours, then
cooled down and balanced in an environment of 20◦C
and 65% RH. The process was carefully controlled in
order to obtain a symmetrical droplet. The droplet
size was also controlled to make it easy for testing
but not to exceed the critical value that the fiber
would fracture prior to Micro-bond pull-out test. A
typical specimen is shown in Fig. 2. The embedded
length, the beads width and the fiber diameter were
measured using an LV100P polarized light
microscope (model Nikon Ellipse) with a digital
photographic system. The variability of basalt fiber
cross-section must be considered when working at
the micro-mechanics scale and it is assumed that drop
length is small enough to be able to neglect fiber
diameter variation within the droplet.
The Micro-bond poll-out test was conducted on

FFFFig.ig.ig.ig.2222 Polarized light microscope photograph of
micro-bond specimen

FFFFig.ig.ig.ig.3333....Diagram of micro-bond poll-out test

an XQ-2 Fiber Tensile Testing Machine with a
microwave. The diagram of the micro-bond poll-out
test is shown in Fig. 3. The rate of the upper clamp

displacement was 20 mm/min. The IFSS, dτ , was

calculated using the following equation derived from
Shear-lag model:

xd f

d

π
Fτd=

(1)

Where dF is the peak load, x is the embedded

length , fd is the radius of the fiber.

ICCM19 3963



THETHETHETHE 11119999THTHTHTH INTERNATIONALINTERNATIONALINTERNATIONALINTERNATIONAL CONCONCONCONFERENCEFERENCEFERENCEFERENCE OOOONNNN COMPOSITECOMPOSITECOMPOSITECOMPOSITE MATERIALSMATERIALSMATERIALSMATERIALS

FFFFig.ig.ig.ig.4444.... SEM photographs of different treatment time by plasma at high magnification and low magnification
( B1 - 20s ; B2 - 30s ; B3 - 40s ).

B1 - 20s

B2 - 30s

B3 - 40s B3 - 40s

B2 - 30s

B1 - 20s
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TableTableTableTable 1111 Interfacial shear strength of control and treated samples with different plasma treatment times
TreatmentTreatmentTreatmentTreatment SampleSampleSampleSample sizesizesizesize IFSSIFSSIFSSIFSS（MPaMPaMPaMPa）

MeanMeanMeanMean StandardStandardStandardStandard deviationdeviationdeviationdeviation
A - untreated 36 29.8 14.4

B1-plasma treated for 20s 38 35.5 12.2
B2-plasma treated for 30s 30 42.0 12.1
B3-plasma treated for 40s 34 42.1 11.3

TableTableTableTable 2222 Tensile strength of control and treated basalt fibers with different plasma treatment times
TreatmentTreatmentTreatmentTreatment SampleSampleSampleSample sizesizesizesize SingleSingleSingleSingle fifififiberberberber strengthstrengthstrengthstrength ((((GGGGPa)Pa)Pa)Pa)

MeanMeanMeanMean StandardStandardStandardStandard deviationdeviationdeviationdeviation
A - untreated 22 2.50 2.0

B1-plasma treated for 20s 21 2.63 2.4
B2-plasma treated for 30s 24 2.47 3.7
B3-plasma treated for 40s 25 2.59 2.1

TableTableTableTable 3333Water contact angle of control and treated basalt fibers with different plasma treatment times
TreatmentTreatmentTreatmentTreatment SampleSampleSampleSample sizesizesizesize ContactContactContactContact angle(angle(angle(angle(°))))

MeanMeanMeanMean StandardStandardStandardStandard deviationdeviationdeviationdeviation
A - untreated 5 86 1.2

B1-plasma treated for 20s 5 81 3.2
B2-plasma treated for 30s 5 84 3.4
B3-plasma treated for 40s 5 80 5.1

FFFFig.ig.ig.ig.5555.... Interfacial shear strength of
untreated and treated samples

2.2.2.2.4444 SingleSingleSingleSingle fiberfiberfiberfiber tensiletensiletensiletensile strengthstrengthstrengthstrength testtesttesttest

In order to determine if the treatment have adverse
effect on the bulk property of the basalt fibers, single
fiber tenacity was tested using an XQ-2 Fiber Tensile
Testing Machine with a rate of upper clamp
displacement of 20 mm/s and a gauge length of 20
mm under 20 °C and 65% RH condition. Fiber

FFFFig.ig.ig.ig.6666.... Tensile strength of
untreated and treated samples

diameters were measured by a LV100P polarized
light microscope (model Nikon Ellipse) with a digital
photographic system.

2222.5.5.5.5 ScanningScanningScanningScanning electronelectronelectronelectron microscopymicroscopymicroscopymicroscopy

The surface morphology of the untreated and the
treated basalt fibers were observed by a JSM-5600LV
Scanning Electron Microscopy (SEM) system. All
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samples were gold coated prior to being loaded into
the SEM chamber to induce conductivity and the
SEM images were taken at magnifications of 500×
and 5000×.

2.2.2.2.6666WWWWettabilityettabilityettabilityettability measurementsmeasurementsmeasurementsmeasurements

The surface wettability was determined by measuring
the water contact angles on the fibers with an Optical
Contact Angle Analyzer OCA15EC (Data Physics
Instruments GmbH, Germany) based on the sessile
drop technique. In order to magnify the mass change,
five fibers were fixed parallel to each other on a
measuring carrier. The fibers were straightened with
certain tension. A small droplet of test liquid was
placed on the fibers with a syringe and the test liquid
was distilled water. A video camera recorded the
process and the contact angle was calculated right
after the water droplet landed on the fiber. The
contact angle measurements were performed in an
environment of 20 °C and 65% RH. Fig.5. Shows
the schematic diagram of the Dynamic Contact Angle
Analyzer. The schematic diagram of dynamic contact
angle analyzer is shown in Fig.7.

3.3.3.3. ResultResultResultResult andandandand discussiondiscussiondiscussiondiscussion

3.13.13.13.1 InterfacialInterfacialInterfacialInterfacial shearshearshearshear strengthstrengthstrengthstrength

The interfacial shear strength of basalt fibers to
phenolic matrix is shown in Table 1.The IFSS are
raised 41% when plasma treatment time are 30 and
40s, while 19% when plasma treatment time are 20s .
As shown in Fig.5, it is easy to find that the mean

FFFFig.ig.ig.ig.7777.... Schematic diagram of
Dynamic Contact Angle Analyzer.

IFSS values of basalt fibers to phenolic matrix were
significantly improved along with the increasing
plasma treatment time. It demonstrates that the
plasma treatment can improve the interfacial bonding
between fiber and phenolic matrix. However, the
mean IFSS values has no dramatic change between
the sample treatment time from 30s to 40s. Previous
study has found that when the treatment time
changed from 30s to 40s, the interfacial shear
strength always stays around 42 MPa. It indicated
that increasing plasma treatment time could pose a
negative influence on the etching effect for basalt
fiber. The different results can be explained by that
beside the APPJ system, other factors such as
intermolecular forces,molecular structural stability
also play important roles in determining plasma
etching effectiveness. Like the tensile test, there must
be a top IFSS point of the basalt/phenolic system. Of
course, to ensure the stable embedding length is very
necessary.

3.23.23.23.2 SingleSingleSingleSingle fiberfiberfiberfiber tensiletensiletensiletensile strengthstrengthstrengthstrength

The tensile strength of the untreated and the treated
single basalt fibers is shown in Table 2. As shown in
Fig.6, The tensile strength are raised 5.2% when
plasma treatment time are 20s , while 3.6% when
plasma treatment time are 40s. When plasma
treatment time are 30s, the tensile strength are
declined 1.2% . It is easy to find that no statistically
significant difference among all groups , Not
significant or important enough to be worth
considering . It indicated that the plasma treatments
had no detectable influence on the basalt fiber tensile
strength. The tensile strength values of the plasma
treated fibers often tended to be lower, which may be
due to the introduction of cracks and pits on the fiber
surface by plasma etching after long exposure to
plasma.

3.33.33.33.3 SurfaceSurfaceSurfaceSurface morphologymorphologymorphologymorphology

The surface morphology of the basalt fibers treated
by plasma are exhibited in Fig. 4 with magnifications
of 5000× and 500 × . The surface of untreated
basalt fiber is relatively smooth. It was evident that
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plasma treatment did etch the fiber surface to
different extents for the three treated groups. As to
Fig.2-B1,20s, no obvious change of basalt fiber
surface morphology was found because of shortage
of treatment time. Compared with Fig.2-B2,30s and
Fig.2-B3,40s, distinct and dramatic varieties were
observed. With the increase of treatment times, basalt
fiber surfaces were varied from lubricity to roughness
on account of surface defects, which were mainly
lump-like and protuberance-like.
Taking the effect of Sizing materials on the surface of
basalt fiber into consideration. Another group of
basalt fibers was heated in the oven on the conditions
of 100 degrees for four hours, to ensure that the
Sizing materials on the surface has been removed.
Then the samples were treated by plasma, and the
SEM photographs were almost same to the unheated
basalt fiber samples. The etching effect is not so
obvious as the unheated basalt fiber samples, but the
changes are not significant or important enough to be
worth considering .

FFFFig.ig.ig.ig.8888.... The Dynamic Contact Angle of
the untreated basalt fiber

3.43.43.43.4WWWWettabilityettabilityettabilityettability ofofofof fibersfibersfibersfibers
The wettability of the fibers was determined by
measuring the dynamic water contact angle is shown
in Table 3. The static and dynamic contact angles are
determined by the fiber morphology. The dynamic
contact angle of the untreated basalt fiber is shown in
Fig.8. It is found that, no significant difference was
observed among the contact angles of untreated
group and treated groups, which indicated the surface
modification technique did not wreck the wettability
of basalt fiber.

4.4.4.4. ConclusionConclusionConclusionConclusion

The geometrical and mechanical properties of basalt
fibers have been investigated by scanning electron
microscopy, tensile test and analysis. The plasma
surface modification technique of basalt fibers can
enhance the interfacial adhesion of fiber/phenolic
system. However, treating basalt fibers with different
plasma treatment times can result in different extents
of improvement. When plasma treatment time is
short, the fiber surface properties were improved
obviously to favor interfacial adhesion with phenolic
matrix . However, while plasma treatment time
longer, the mean IFSS has no dramatic change. While
the treated time grown from 30s to 40s. The
interfacial shear strength always stays around 42 MPa.
It was because the basalt fiber surfaces were varied
from lubricity to roughness on account of surface
defects, which were mainly lump-like and
protuberance-like. During the plasma treatment, there
were no significant difference of the single fiber
tensile strength and the contact angles was found.
The results indicate the plasma treatment has positive
influence on the surface of basalt fibers in the
improvement of adhesion property to phenolic resin
matrix mainly through the physical etching effect.
The Twenty-first Century saw a growing mood of
cautious optimism within the composites community
worldwide that fiber-reinforced composites will give
rise to new composite material applications in a wide
range of areas. Consequently, a wide rang of basalt
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fiber-reinforced composites are under
development/investigation or in production. To take
the high temperature resistant property of phenolic
resin into account, the basalt/phenolic composites is
thus likely to provide major new area of opportunity
for composite materials in the future.
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1 Introduction  
The interlaminar toughness of carbon fiber 

reinforced plastic (CFRP) laminates is much lower 
than the in-plane toughness. For this reason, out-of-
plane impact causes internal damages, such as 
delamination and transverse cracks [1]. 
Unfortunately, external impact damage, such as 
dents and fiber breakage, is sometimes too small to 
find, although internal damage is widespread in 
laminates. This type of problem is well known as 
barely visible impact damage (BVID) and results in 
a decrease in residual compressive strength. Thus, 
suppressing and repairing internal damage 
associated with BVID are important to improve the 
compression-after-impact (CAI) strength and 
damage tolerance of CFRP structures.  

Since thermoplastics have high fracture toughness, 
the interlaminar toughness of carbon fiber reinforced 
thermoplastics (CFRTPs) is much higher than that of 
CFRP using thermoset matrices [2]. They are 
therefore expected to suppress internal impact 
damage causing a decrease in residual compressive 
strength. Because of this advantage, CFRTPs have 
attracted attention for use in the primary structure of 
aircraft [3]. In addition, technology to reduce the ply 
thickness of CFRP has been developed [4, 5], 
markedly decreasing the amount of internal impact 
damage in thin-ply CFRTP laminates [6, 7]. On the 
other hand, thermoplastics are melted or softened by 
heating. Using these characteristics, it is possible to 
repair impact damage caused by the fracture and/or 
deformation of thermoplastics [6, 8, 9]. The repair 
technique is conducive to recovering the residual 
compressive strength of CFRTP laminates. 

There are two types of impact damage excluding 
fiber breakage, which are caused by thermoplastic 
failure or deformation. Delamination and transverse 
cracks result from the former. Previous studies 
showed that delamination decreases the residual 
compressive strength because it leads to the local 
buckling of laminates [10]. Thus, thermal fusion 
bonding (TFB) is a key method used to repair the 
internal damage and recover the compressive 
strength. However, the authors’ research for thin-ply 
CFRTP laminates has shown that the CAI strength 
was still lower than that of the intact specimen 
(Intact), even though the delamination area was 
small [7]. In this case, it was suggested that the 
reduction of strength was caused by out-of-plane 
deformation and/or residual stress, which led to the 
deformation. Since CFRTP laminates tend to have 
high interlaminar toughness and allow the 
propagation of little delamination, it is important to 
develop a method of repairing damage caused by 
dents, such as by flattening the deformation and/or 
relaxing the internal stress by annealing. 

There are two important points regarding the 
repair of thermoplastic deformation as discussed 
above. One is to clarify the factor, i.e., out-of plane 
deformation or residual stress, that governs CAI 
strength in the case that CFRTP laminates have a 
delamination length below the threshold defined in 
the following discussion. The other is to know the 
conditions of application of the repair method. Since 
large delamination causes local buckling, the 
compressive strength does not recover after 
repairing, and we should use TFB to repair the 
delamination. Suemasu investigated the relation 
between the local buckling load generated by the 
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damaged area and the global buckling load of CFRP 
laminates in terms of the length of internal damage 
in the longitudinal direction [10]; there were no 
dents on their model specimens. Their studies 
showed that local buckling occurred before global 
buckling when the delamination length in the 
laminates was sufficiently large. Thus, it is 
important to determine the threshold length of 
delamination causing local buckling if only a dent 
has been repaired.  

In this study, specimens with different impact 
delamination area were repaired below the melting 
point to reduce the size of the dent. They were then 
compressed to experimentally determine the 
threshold delamination length causing local buckling. 
To reduce the residual stress caused by impact, 
annealing was also carried out for specimens with 
small impact damage. Here, the effect of reducing 
the residual stress on the compressive strength was 
evaluated.  

 

2 Experimental Procedure 

2.1 Materials and Specimens 

The specimens were made of TR50/polyamide 6 
(PA6) unidirectional semi-prepreg supplied by 
Mituya Co., Ltd. The thickness and fiber volume 
fraction of the semi-prepreg were 0.043 mm and 
54%, respectively. 

In this study, we chose suitable molding 
conditions so that PA6 was completely impregnated 
into the fiber bundle and that no washout of the 
fibers and/or matrix occurred. Here, the melting 
point of PA6 is about 483 K. Two types of laminates 
were prepared for the tests, as shown in Table 1; 
these laminates are referred to as thin-ply laminates 
and thick-ply laminates, and their stacking 
sequences correspond to those in the authors’ 
previous study [7]. These laminates were made of 
the same semi-prepreg plies. One lamina of a thick-
ply laminate consisted of three plies oriented in the 
same direction. Thus, each lamina in the thick-ply 
laminates was three times thicker than in the thin-ply 
laminates, whereas the total thickness of the 
laminates was the same. The projected area of 
damage due to delamination in the thin-ply 
laminates was smaller than that in the thick-ply 
laminates under the same impact conditions in our 
preliminary study [7].  

The thin-ply laminates were molded using a hot-
press machine at a pressure of 2 MPa and a 
temperature of 553 K for 7200 s (= 2 h). After that, 
the laminates were slowly cooled for 21600 s (= 6 h) 
at the same pressure.  

The molding conditions of thick-ply laminates 
were the same as those of the thin-ply laminates 
except for pressure; a pressure of 1 MPa was applied 
to the thick-ply laminates because fiber/matrix 
washout occurred at 2 MPa. 

The specimen geometries were chosen so that 
global buckling of the intact specimen did not occur 
in the compression test discussed in section 2.5. The 
length (parallel to 0° direction), width (parallel to 
90° direction), and thickness of all specimens 
subjected to the compression tests were about 120, 
40, and 3 mm, respectively. Three specimens of each 
type of laminate were used in all tests. 

2.2 Impact Tests 

An impact load was applied to each specimen 
using a stainless-steel drop weight with a mass of 
0.998 kg. The indenter used in the impact tests was 
16 mm in diameter. A specimen was placed in a 
stainless-steel fixture, which had a cutout hole of 30 
mm diameter at its center, as shown in Fig. 1. The 
impact energy applied to the specimen was selected 
to be 1.0 J/mm, because a small projected damage 
area due to delamination occurred at this impact 
energy for thin-ply and thick-ply laminates in a 
preliminary test. In addition, a test with an impact 
energy of 1.5J/mm was also carried out using Thick-
ply laminates to evaluate the effect of a larger 
delamination area. 

After impact, the amount of out-of-plane 
deformation (see Fig. 2) was measured. The 
delamination length in the longitudinal direction was 
also measured by ultrasonic inspection, as shown in 
Fig. 3. If the delamination length was larger than the 
gauge length of the stainless-steel fixture, as 
discussed in section 2.5, the delamination length was 
regarded as the gauge length (20 mm), because the 
compression of the delamination area by the fixture 
did not perfectly affect the buckling length. 

2.3 Annealing and Repair of Impact Damage 

Three types of repair process were carried out: 1) 
annealing, 2) repairing only the dent below the 
melting temperature, 3) repair by TFB above the 
melting point. In this study, annealing is also 
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considered as a repair process because we expected 
that the residual stress and dent deformation would 
partly recover. Here, the glass transition temperature, 
Tg, and melting point, Tm, of PA6 are about 333 and 
483 K, respectively. The temperature used for the 
annealing test and the test which only the dent was 
repaired was set to between Tg and Tm. 

 In the annealing test, after being subjected to the 
impact test, specimens were heated at 373 K without 
the application of pressure, as shown in Table 1, and 
these conditions were maintained for 300 s (= 5 min). 
This temperature is between Tg and Tm of PA6, and 
was the minimum temperature at which the out-of-
plane deformation was sufficiently flattened in the 
subsequent test in which only the dent was repaired. 
Then, the specimens were slowly cooled for 5400 s 
(= 1.5 h). 

The pressure used to repair the dent was selected 
to be the same as that using during molding. In 
addition, the thermal history was the same as that of 
the annealing. After the impact test, specimens were 
pressed and heated at 373 K (see Table 1), and the 
conditions were maintained for 300 s (= 5 min). 
Then, the specimens were slowly cooled for 5400 s 
(= 1.5 h) at the same pressure.  

In the case of repairing delamination and 
transverse cracks by TFB, the dent was first repaired 
by pressing the specimens under the same conditions 
as above. Then, the specimens were pressed at 2 
MPa and 483 K after repairing the dent and the 
conditions were maintained for 900 s (= 15 min). 
After that, the specimens were slowly cooled at the 
same pressure.  

After these annealing and repairing tests, the 
residual out-of-plane deformation and delamination 
in the specimens were measured again. 

2.4 In situ Observation of Repair 

We carried out in situ observation to investigate 
the change in internal damage during repair to check 
that the damage in the specimen was bonded under 
the thermal conditions used for repair by TFB 
(above 483 K), but not bonded in the case of 
annealing and repairing only the dent (373 K). In 
these tests, thick-ply laminates were used as the 
specimens. Since the projected damage area and 
crack opening displacement (COD) of the thick-ply 
laminates were larger than those of the thin-ply 
laminates [7], we expected to observe TFB behavior 

of the COD caused by the delamination in the 
specimen. 

After impact loading, specimens were cut out 
from the thick-ply laminates in the longitudinal 
direction to include the impact point and polished to 
observe the TFB behavior of internal damage. Then, 
each specimen was compressed in a thermostatic 
chamber and the behavior of the damage was 
observed using an optical microscope, as shown in 
Fig. 4. Here, the pressure was 2 MPa and the 
temperature of the chamber was increased slowly 
until the COD caused by delamination was zero. 
After the cracks were closed at the temperature, the 
specimen was polished again to determine whether 
or not the cracks had bonded.  

2.5 Compression Tests 

Compression tests were carried out using a servo-
hydraulic testing machine (Shimadzu, 100 kN). 
Specimens were held in the loading fixture shown in 
Fig. 5. The result of CAI tests using this fixture 
approximately agrees with that of a full-scale 
experiment using SACMA SRM 2-88 [11, 12]. The 
crosshead speed was 0.01667 mm/s (= 1 mm/min). 
To measure the compressive strain and observe the 
buckling behavior, two strain gauges were attached 
on both sides of the specimen. The gauge length for 
all compression tests was 20 mm. It was confirmed 
that this length did not cause overall buckling in the 
intact specimen [7]. It is therefore considered that 
the buckling of the specimen led to impact damage. 
Here, specimens for compression tests after the 
annealing test, repair of only the dent, and repair by 
TFB were referred to as CAR_A, CAR_D, and 
CAR_TFB specimens in the following discussion, 
respectively. 

 

3 Results and Discussion 

3.1 In situ Observation of Repair 

Figs. 6a and 6b compare the same impact damage 
(delamination and a transverse crack) in the 
specimens with thick-ply laminates caused by an 
impact load before and after repair, respectively. 
Before repair, the COD of the delamination had 
certain positive value as indicated by the red dashed 
box. Under in situ observation, the COD of 
delamination suddenly became zero at the melting 
point of PA6. After polishing, the COD of the 

ICCM19 3971



delamination was still zero, although the specimen 
was not pressed, as shown in Fig. 6b. The transverse 
crack in the enlarged box in Fig. 6b was also closed. 
These closed cracks indicate that TFB occurred and 
that these cracks were bonded at the melting point. 
In short, the impact damage was repaired by TFB.  

The internal damage was not repaired until the 
temperature exceeded the melting point of the 
thermoplastic resin. Thus, in the following 
discussion, we consider that the length of internal 
damage remains constant below the melting point 
during the repair process. 

3.2 Impact Tests 

Fig. 7 shows typical images obtained by 
ultrasonic inspection of a specimen with thin-ply 
laminates under an impact energy of 1.0 J/mm. We 
observed a small projected damage area and 
delamination length, as shown in Table 2.  

Figs. 8a and 8b show typical delamination images 
observed by ultrasonic inspection for specimens 
with thick-ply laminates subjected to impact 
energies of 1.0 and 1.5 J/mm, respectively. The 
delamination length shown in Fig. 8b (1.5 J/mm) 
was clearly larger than that in Fig. 8a (1.0 J/mm). In 
addition, it was also larger than the gauge length in 
the compression test (20 mm). 

While a large amount of scatter was observed for 
the delamination length of thin-ply laminates, that of 
thick-ply laminates was small relative to its average 
value. There was no fiber breakage on the surface of 
all specimens after impact. Thus, we omit the effect 
of fiber breakage in the following discussion. 

3.3 Annealing 

Table 2 shows the delamination length, out-of-
plane deformation, and compressive strength of 
specimens with thin-ply laminates after annealing 
(see conditions for CAR_A test in Table 2). In the 
compressive tests, all specimens were broken 
without local buckling.  

It is interesting to note that the out-of-plane 
deformation of the specimen decreased from 0.10 
mm to 0.06 mm during annealing test, even though 
pressure was not applied. Softening of the 
thermoplastic polymer led to stress relaxation in the 
specimen. Since the plastic becomes soft, carbon 
fibers deformed by the out-of-plane deformation 
become straight again and the residual stress of the 
fibers and matrix is relaxed.  

As shown in Table 2, the strength of CAR_A 
specimens with thin-ply laminates was about 2% 
lower than that of intact specimens with thin-ply 
laminates. It was also about 11% higher than that of 
CAI specimens with the thin-ply laminates after 
annealing, as referred to in section 3.6. 

3.4 Repair of only Dent 

Figs. 9a and 9b show the surface of a specimen 
with thick-ply laminates before and after repairing 
only the dent, respectively; the specimen was 
subjected to an impact energy of 1.5 J/mm. Before 
repairing only the dent, the average out-of-plane 
deformation of the specimen was about 0.12 mm, as 
shown in Table 2. After repair, the average amount 
of out-of-plane deformation was 0.02 mm. In the 
thin-ply and thick-ply laminates with an impact 
energy of 1.0 J/mm, the out-of-plane deformation 
was also decreased.  

As shown in Table 2, the strength of the CAR_D 
specimens with thin-ply laminates was about 8% 
higher than that of the specimens with thick-ply 
laminates. This result is in agreement with the 
authors’ previous study [7]. The compressive 
strength of the thick-ply specimens with an impact 
energy of 1.5 J/mm was about 9% lower than that of 
the specimens with an impact energy of 1.0 J/mm 
owing to the widespread delamination, as reported in 
section 3.2. 

Fig. 10 shows typical stress-strain curves of a 
specimen with thick-ply laminates and an impact 
energy of 1.5 J/mm. In this study, the buckling stress 
was defined as the point at which the stress-strain 
curves bend in different directions as indicated by an 
arrow in Fig. 10. Buckling behavior was observed in 
all specimens with thick-ply laminates and an impact 
energy of 1.5 J/mm and the buckling stress was less 
than the compressive strength, as shown in Table 2. 
In contrast, specimens with thin-ply and Thick-ply 
laminates and an impact energy of 1.0 J/mm were 
broken without buckling or at the instant of the 
buckling.  

3.5 Other Compressive Tests 

Table 2 also shows the results of impact and 
compression tests for the Intact, CAI, and 
CAR_TFB specimens. The strength of CAI 
specimens was nearly 13% less than that of the 
intact specimens. On the other hand, that of the 
CAR_TFB specimens was recovered to the same 
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level as the intact specimens. Figs. 11a and 11b 
show the same specimen before and after TFB, 
respectively. The internal damage was completely 
repaired. The out-of-plane deformation of the dent 
was also completely repaired by the TFB process, as 
shown in Table 2. As a result, the compressive 
strength of the CAR_TFB specimens was recovered. 
3.6 Effect of Residual Stress on Compressive 
Strength 

As shown in Table 1, the difference between the 
CAI and CAR_A specimens with thin-ply laminates 
is whether or not the specimens were heated after the 
impact test. When the specimens were heated, stress 
relaxation occurred as discussed in section 3.3. In 
addition, the out-of-plane deformation of the 
CAR_A specimens was much smaller than that of 
the CAI specimens, whereas compressive strength of 
the CAR_A specimens was higher, as shown in 
Table 2. Thus, it is clear that reducing the out-of-
plane deformation and/or residual stress recovers the 
compressive strength. 

The out-of-plane deformation of CAR_D 
specimens with Thin-ply laminates was smaller than 
that of CAR_A specimens, as shown in Table 2. 
However, the strength of CAR_A specimens was 
almost the same as that of CAR_D specimens. Since 
both specimens were heated under the same 
conditions, an equal amount of residual stress was 
expected to be removed. Thus, in the case of a small 
delamination, it is suggested that the strength of the 
CAI specimens was reduced by the residual internal 
stress generated by the dent rather than the out-of-
plane deformation caused by the dent. 

3.7 Threshold of Delamination Length for 
Buckling of CAR_D Specimens 

To experimentally confirm the existence of a 
threshold delamination length, thick-ply laminates 
with impact energies of 1.0 and 1.5 J/mm were 
prepared to change delamination length in CAR_D 
specimens. Fig. 12 shows the relation between the 
delamination length and buckling stress. The data 
points represent the results of a compression test for 
each CAR_D specimen with thick-ply laminates. 
The solid line represents the intact strength of thick-
ply laminates. In this study, the number of data 
points may be too small, or the slope of the line may 
be too low to determine the threshold accurately.  

The delamination length of the specimen with an 
impact energy of 1.5 J/mm was clearly larger than 

that of the specimen with an impact energy of 1.0 
J/mm, as reported in section 3.2. In addition, the 
buckling behavior was observed in the specimen 
with an impact energy of 1.5 J/mm before it broke. 
The buckling stress was lower than that of the Intact 
specimens.  

Thus, the dashed line in Fig. 12 roughly indicates 
the relationship between the delamination length and 
buckling stress. The threshold delamination length 
can be determined as the intersection of the curve 
with the line for the intact specimen to be about 8.6 
mm. This mechanism agrees with the result of a 
recent work by Suemasu [10]. Thus, the 
delamination length for which only the repair of the 
dent was sufficient below this threshold value. 
3.8 Comparison of Annealing, Repair of only 
Dent, and TFB 

In the thin-ply laminates, the strength of CAI 
specimens was about 13% less than that of the intact 
specimens. However, the strength of the CAR_TFB 
specimens was almost completely recovered to that 
of the intact specimens. It is interesting to note that 
the strength of CAR_A specimens was also 
recovered to 98% of that of the intact specimens, 
even though the internal damage in the specimens 
was not repaired. The strength of CAR_D specimens 
was also recovered to 96% of that of the intact 
specimens. Repairing only the dent below the 
melting point is a reasonably effective repair method 
to recover the compressive strength of the CFRTP 
laminates with BVID.  

Since the glass transition temperature is lower 
than the melting point, the method of repairing only 
the dent is easier than TFB, and the compressive 
strength after repair can be recovered more easily for 
CFRTP laminates. In addition, it is useful to 
determine the application range of the method of 
repairing only dent using the threshold critical 
delamination length causing local buckling. 

To establish the repair conditions for CFRTP 
laminates, we should consider the following effects 
on compressive strength after repairing only the dent 
or by TFB as future works: 1) the effect of fiber 
breakage caused by impact, 2) determination of the 
threshold delamination length by numerical analysis 
and more accurate experiments, 3) quantitative 
evaluation of the relation between stress relaxation 
and the residual compressive strength of laminates 
after repair and/or annealing. 
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4 Conclusions 
1. In thin-ply CF/PA6 laminates subjected to an 

impact energy of 1.0 J/mm, the strength of the 
CAI specimens was about 13% less than that of 
the intact specimens. Annealing at 373 K (below 
the melting point of PA6) recovered the 
compressive strength to 98% of that of the intact 
specimens in the case of a short length of 
delamination. 

2. Repairing only the dent process below the 
melting point also recovered the compressive 
strength to 96% of that of the intact specimens 
in the case of a short length of delamination. 

3. It was experimentally confirmed that a threshold 
delamination length causing buckling existed 
through compression tests with specimens with 
only the dent repaired. 

 
 

 
 
 
Table 1 Relation between specimens subjected to compressive tests and impact/repair conditions. 

Repair 
condition 

Specimen 
name 

Number of specimens Conditions 

Thin-ply 
[0/90]18S 

Thick-ply 
[03/903]6S 

Impact energy 
[J/mm] 

Repair 

Temperature [K] Pressure [MPa] 

Intact Intact 3 3 - - - 

Without 
repair 

CAI 3 - 1.0 - - 

Annealing CAR_A 3 - 1.0 373 - 

Repair of 
only dent 

CAR_D 3 3 1.0, 1.5* 373 
2 (Thin-ply),  
1 (Thick-ply) 

TFB CAR_TFB 3 - 1.0 483 2 

    Tg = 333 [K], Tm= 483 [K] *Thick-ply only
 
 
Table 2 Results of compressive tests and impact damage: delamination length and out-of-plane deformation. 

Specimen  
name 

Stacking 
sequence

Impact 
energy 
[J/mm] 

Delamination 
length 
[mm] 

Amount of out-of-
plane deformation 

[mm] 
Compressive 

strength 
[MPa] 

Buckling
 stress 
[MPa] Before 

repair 
After  
repair 

Intact 
Thin-ply - - - - 524 (19) - 
Thick-ply - - - - 460 (7.8) - 

CAI Thin-ply 1.0 7.2 (6.6) - - 455 (34) - 

CAR_A Thin-ply 1.0 2.3 (3.2) 
0.10 

(0.003) 
0.06 

(0.009) 
514 (17) - 

CAR_D 

Thin-ply 1.0 0.3 (0.5) 
0.08 

(0.008) 
0.03 

(0.006) 
505 (51) - 

Thick-ply 1.0 8.3 (0.4) 
0.08 

(0.012) 
0.01 

(0.007) 
468 (12) - 

Thick-ply 1.5 17.3 (4.6) 
0.12 

(0.012) 
0.02 

(0.009) 
425 (34) 405 (22) 

CAR_TFB Thin-ply 1.0 0.00 0.00 0.00 535 (36) - 

Standard deviations are in parentheses.
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Fig. 1. Schematic image of setup of impact test. 

 
 
 

 
 

Fig. 2. Schematic image of amount of out-of-plane 
deformation. 
 
 

 

 
Fig. 3. Schematic image of delamination length 
measured by ultrasonic inspection. When 
delamination occurred at more than one location, as 
shown in Fig. 3b, we regarded the distance between 
the ends of the delamination areas through the dent 
as the length of delamination. 
 

 
Fig. 4. Setup of in situ observation test; CF/PA6 
laminates heated in a thermostatic chamber were 
compressed by rods and the internal damage was 
observed using an optical microscope through the 
glass window of the chamber. 
 
 

 
Fig. 5. Fixture used for compression test; a specimen 
was fixed and supported by stainless-steel blocks 
shown on the right of the photograph, and a 
compressive load was applied through the top and 
bottom surfaces of the specimen. 
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Fig. 6. TFB behavior of delamination and transverse 
crack in CF/PA6 laminates; photographs a and b 
represent before and after TFB, respectively. 
 
 

 

Fig. 7. Typical image obtained by ultrasonic 
inspection of internal damage, shown as a bright 
(warm) color and indicated by arrow, in Thin-ply 
specimen with impact energy of 1.0 J/mm. 

 
Fig. 8. Images obtained by ultrasonic inspection of 
internal impact damage, shown as a bright (warm) 
color; Figs.8a and 8b show specimens with impact 
energies of 1.0 and 1.5 J/mm, respectively. 
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9  

 REPAIR OF CF/PA6 LAMINATES BELOW MELTING POINT
WITH BARELY VISIBLE IMPACT DAMAGE

 

Fig. 9. Repaired dent on specimen surface. 
 
 

 
Fig. 10. Typical stress-strain curves of CAR_D 
specimen; showing the buckling behavior of the 
specimen with impact energy of 1.5 J/mm before 
repairing only the dent. 

 

Fig. 11. Repair of internal impact damage by TFB; 
internal damage is shown as a bright (warm) color in 
Fig. 11a. The internal damage completely 
disappeared after repair by TFB, as shown in Fig. 
11b. 
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Fig. 12. Relation between delamination length and 
compressive stress of Thick-ply laminates; solid and 
dashed lines represent the intact strength of the 
laminates and the curve fit to the data plots of 
compressive stress, respectively. The intersection of 
these lines was the experimental threshold 
delamination length for which repair of the only dent 
is sufficient. 
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1 Introduction 

Within thermoset fiber-reinforced composites under 
cure, the matrix resin undergoes cross-linking 
reactions accompanied by chemically-induced 
volumetric shrinkage. The resin changes its physical 
state from a liquid to a rubbery-like material (i.e., 
gelation), finally reaching a glassy solid (i.e., 
vitrification). When the resin is in the liquid state, 
the chemical cure shrinkage is accommodated by the 
resin flow and will not induce stress in the 
composite. After gelation, however, the resin 
stiffness increases and effective mechanical 
interaction between the resin and the reinforcing 
fibers is established, leading to stress development 
in curing composite. Since cure-driven composite 
shrinkage after gelation, especially in the resin-
dominated transverse direction, significantly affects 
shape distortion and damage initiation of composite 
products through residual stress/strain development 
[1-3], several dilatometric techniques (e.g., 
capillary-type dilatometer, gravimetric method, 
rheometer, and thermo-mechanical analyzer (TMA)) 
have been proposed and utilized to characterize and 
model cure shrinkage of thermoset resins and their 
composites, as recently reviewed in Ref. [4]. 
However, most of the instruments work under 
conditions that do not match industrial processes as 
in an autoclave. Also these techniques are not 
applicable to in-situ characterization of practical 
composite parts with complex shape (e.g., L-shaped 
corner part), where significant shape distortion arises. 
Recently, embedded fiber-optic sensors are 
attracting considerable attention as a sensing device 
for structural health monitoring (SHM) and also as a 
tool for in-situ process characterization of complex-
shaped composite parts cured in industrial 
conditions [4-6]. Optical fiber sensors are highly 

sensitive, small with diameter less than 150m, and 
can be embedded in composite materials with 
minimal invasive manner and without significant 
effects on the global mechanical behavior of the host 
material. Several studies utilized fiber-optic sensors 
for in-situ process monitoring of thermosetting 
composite [7-18]. Some of them could capture 
chemical cure shrinkage strain in composite 
laminates after the onset of gelation (i.e., after the 
effective interface bonding is established between 
the resin, the reinforcing fibers, and the sensors). 
However, optical fiber sensors were always 
embedded in composite in-plane directions even 
though through-thickness cure shrinkage is the key 
deformation [1-3], and the measured strain values 
were only less than 100 in general. Furthermore, 
the physical meaning of the measured strain has not 
been sufficiently discussed. 
This study advances the fiber-optic-based technique 
for in-situ characterization of direction-dependent 
cure shrinkage. A new technique to embed a fiber 
Bragg grating (FBG) sensor in composite out-of-
plane directions is established (Fig. 1), directly  
 
 
 

   
                                        

Fig. 1 Embedding FBG sensor in out-of-plane direction in 
addition to conventional in-plane sensor.  

 

DIRECT MEASUREMENT OF OUT-OF-PLANE AND IN-PLANE 
CURE SHRINKAGE STRAIN IN COMPOSITES 

BY EMBEDDED FIBER-OPTIC SENSORS 
 

S. Minakuchi1* 
1 Department of Advanced Energy, The University of Tokyo, Chiba, Japan 

* Corresponding author (minakuchi@smart.k.u-tokyo.ac.jp) 
 

Keywords: process, monitoring, chemical cure shrinkage, fiber Bragg grating sensor 

ICCM19 3979



 

 

measuring the key through-thickness cure shrinkage 
under an industrial condition. In combination with 
“double-sided vacuum bagging” (i.e., no-mold cure) 
and “demolding during curing” techniques, sensors 
embedded in through-thickness and in-plane 
directions clarify direction-dependent cure shrinkage 
in autoclaved unidirectional carbon/epoxy, 
demonstrating the flexibility and potential of the 
developed technique. 

 

2 Establishing Through-Thickness Sensor 
Technique 

2.1 FBG Sensor 

An FBG is a part of a single-mode silica optical 
fiber having periodic variation in the core refractive 
index [19] (Fig. 2). When broadband light is 
launched into the FBG sensor, a narrow spectral 
component is reflected back. The center wavelength 
of the reflected light, B, is given by 

 n2λB ,                          (1) 

where n and  are the effective refractive index and 
the grating period. When strain  in the sensor axial 
direction and temperature change T are applied to 
the FBG, the spectrum center wavelength B shifts 
by 

)(λελ BTB TCS  ,              (2) 

where CS is the wavelength-strain sensitivity and 
BT(T) is the thermally-induced shift function, 
both of which can be determined in preliminary  
 

 
 

Fig. 2 FBG sensor. 

calibration tests. In order to obtain the FBG axial 
strain from the measured wavelength shiftB, it 
is necessary to decouple the strain and temperature 
contributions to the wavelength shift (Eq. (2)). Even 
though several fiber-optic-based temperature 
compensation techniques have been proposed, this 
study simply utilizes thermo-couples embedded near 
FBG sensors to measure the temperature change T, 
and then calculates the strain  from the equation, 

SC

T )(λλε BTB 
 .                 (3) 

 

2.2 Embedding Optical Fiber Sensor in Through-
Thickness Direction 

Figure 3 depicts a schematic of the 
embedding/bagging procedure established. It is 
important to note that this study utilized a prepreg-
based process. However, the technique is applicable, 
without difficulty, to other types of manufacturing 
process with single-sided molds (e.g., vacuum 
assisted resin transfer molding (VaRTM)). And even 
in double-sided mold processes like RTM, slight 
modification of the mold may allow its application. 
First, prepregs were stacked while inserting a thin 
needle with diameter less than 1 mm, making a 
small through-thickness hole without damaging the 
reinforcing fibers. After lay-up, the needle was 
removed and the FBG sensor was then inserted into 
the hole. The position of the FBG sensor is 
controllable by changing the thickness of the base 
laminate without a hole and the “tail length” of the 
FBG sensor (Fig. 3). Finally, a release film, a 
breather fabric, and a vacuum bag film covered the 
laminate, as in a conventional bagging process, and 
a hole made on the bagging film to extract the FBG 
sensor was sealed. Figure 4 shows the surface of an 
autoclave-cured carbon/epoxy specimen after 
demolding. An optical fiber sensor is 
perpendicularly coming out from the surface. Even 
though the surface was rough due to the print of the 
breather fabric, the sensor-extracting area was flat 
and no surface bump was seen, confirming the 
minimal disturbance in the composite by embedding 
the sensor in the through-thickness direction. 
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Fig. 3 Schematic of sensor embedding procedure. 

 

   
Fig. 4 Optical fiber perpendicularly coming out from 

surface. 

 

 
Fig. 5 Stress transfer from curing composite to optical 
fiber, and consequent deformation. It is assumed that 

composite behaves elastically. 

2.3 Evaluating Sensitivity of Short-Tailed FBG 
Sensor By Considering Shear-Lag Effect 

Since FBG sensors are embedded in the through-
thickness direction of relatively thin composite 
laminates, one cannot use long-tailed FBG sensors. 
For example, when we embed an FBG sensor at the 
through-thickness center, the tail of the FBG sensor 
should be less than half the laminate thickness. 
Hence, this section evaluates sensitivity of short-
tailed FBG sensors by considering shear-lag effect at 
the sensor tail [20]. Figure 5 depicts a schematic of 
stress transfer from a curing composite to an optical 
fiber, and their consequent deformation. The optical 
fiber is embedded in the composite transverse 
direction, and it is assumed that the curing 
composite behaves elastically. As described above, 
after gelation, effective interfacial bond develops 
between the curing composite and the optical fiber, 
and cure shrinkage strain of the composite begins to 
be transferred to the optical fiber mainly through 
interfacial shear stress arising at the edge of the 
optical fiber. At the beginning, since the curing resin 
and thus the composite is soft, the interfacial shear 
stress is low, and the stress transfer length d, over 
which the strain in the optical fiber reaches the far-
field strain in the composite, is long [20]. As the 
cure reaction proceeds, however, the stress transfer 
length d gradually shortens since the stiffness of the 
composite increases. This indicates that strain values 
measured by FBGs depend on the sensor position 
along the optical fiber, meaning that the sensor tail 
length has a significant effect on the sensitivity of 
the FBG sensor. 
In order to evaluate the shear-lag effect on the 
sensitivity of short-tailed FBG sensors, a preliminary 
test was conducted. Figure 6 shows the schematic of 
the specimen. Three FBG sensors (Fujikura Ltd., 
cladding diameter 125m, polyimide-coating  
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Fig. 6 Schematic of specimen to evaluate effect of tail 
length on sensor sensitivity (with vacuum and no 

autoclave pressure). 
 
diameter 150m, grating length 1mm) with different 
tail length of 2, 10, or 50 mm were embedded at the 
through-thickness center of unidirectional 
carbon/epoxy laminates (T700S/2592, Toray 
Industries, Inc., [9050], 100mm×100mm, thickness 
7mm). The specimen was cured without using an 
aluminum tool plate in an autoclave under ambient 
pressure in this test. Hence, vacuum bagging films 
covered both sides of the specimen surface, and 
vacuum was applied before heating the specimen. It 

is important to note that the specimen edge was 
50mm away from the sealant tape and constraint on 
the specimen is minimized. Only the fiber-direction 
was constrained by the sealant tape, which was 
necessary to reinforce and protect egress points of 
the sensors. Hence the composite specimen could 
freely deform in the through-thickness and in-plane 
transverse directions. The heating rate was set to 
2oC/min and the cure temperature was 90oC with 
4.5h holding. After cure, the specimen was naturally 
cooled down. Preliminary tests using differential 
scanning calorimetry (DSC-60, Shimadzu Co.) 
yielded that the glass transition temperature of the 
carbon/epoxy reached 120oC after the cure cycle 
utilized, confirming that the specimen vitrified 
before cooling. The optical fibers were illuminated 
by an amplified spontaneous emission (ASE) light 
source (AQ2141, Ando Electric Co., Ltd.) through 
an optical channel selector (AQ3540, Ando Electric 
Co., Ltd.), and the reflection spectra from the FBGs 
and their center wavelength values were measured 
by an optical spectrum analyzer (AQ6317, Ando 
Electric Co., Ltd.) with sampling interval of 15sec. 
Embedded K-type thermocouples measured the 
temperature change in synchronization with the 
optical equipments, and the obtained value was 
utilized to compensate the temperature contribution 
to the FBG sensor response and to calculate the axial 
strain  from Eq. (3).  
Figure 7 shows the temperature and strain change  

 
 

 
Fig. 7 Change in temperature, strain, and degree of cure. 
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measured. Also plotted are the degree of cure (DOC) 
and the cure shrinkage strain determined by standard 
techniques (i.e., DSC and TMA) under the same 
temperature profile. The DOC was determined by 
DSC-60 (Shimadzu Co., sample weight 4.7mg) and 
the cure shrinkage was evaluated by TMA-60 
(Shimadzu Co., sample size 6mm×6mm, sample 
thickness 2.6mm, applied force 0.1N). The 
temperature curve in Fig. 7 showed slight overshoot 
due to the exothermal cure reaction. Before gelation, 
the FBG sensors measured strain change probably 
due to specimen thermal deformation and resin flow, 
which may give new physical insight into prepreg 
compaction and its effect on the cure process. 
However, this study focuses on strain development 
after gelation, and thus the strain at the gel point was 
set to be zero to facilitate the comparison between 
the three sensors. When the DOC reached 0.6, the 
FBG strains began to decrease (i.e., oneset of 
gelation), successfully measuring cure shrinkage 
strain. The sensor with a 50mm tail measured almost 
the same strain as TMA. This result confirms that 
fiber-optic-based cure shrinkage characterization is 
valid and reliable. Hereafter, 50mm-tail sensors will 
be utilized as reference sensors giving true values of 
cure shrinkage strain. However, the magnitude of 
strain change decreased with decrease in the sensor 
tail length due to the aforementioned shear-lag effect. 
Finally, the short-tailed sensor (2mm-tail) measured 
only about half the strain of the long-tailed sensor 
(50mm-tail). Nevertheless, the result obtained 
confirmed that short-tailed sensors can sensitively 
capture cure shrinkage, and that one can obtain a 
true value of cure shrinkage strain by performing an 
appropriate correction. The simplest approach may 
be doubling the strain measured by a 2mm-tail 
sensor, and this rough approach is utilized hereafter. 
In the next section, short-tail FBG sensors are 
utilized to characterize cure shrinkage in 
unidirectional composites under an industrial 
condition. 
 

3 Characterizing Direction-Dependent Cure 
Shrinkage In UD Composites 

3.1 Materials and methods 

Figure 8 depicts the schematic of specimens utilized. 
In addition to the test under the industrial condition 
with a tool, vacuum bagging, and autoclave pressure 

of 0.4MPa (Fig. 8 (b)), a test without a tool was also 
conducted (Fig. 8 (a)), which is similar to the test in 
the previous section. The same carbon/epoxy 
(T700S/2592 Toray Industries, Inc.) was used, and 
the tool material was aluminum. Three FBG sensors 
(Fujikura Ltd., cladding diameter 125m, 
polyimide-coating diameter 150m, grating length 
1mm) were embedded in each specimen; one short-
tailed FBG sensor with a 2mm-tail in the through-
thickness direction, one short-tailed FBG sensor 
with a 2mm-tail in the in-plane direction, and one 
long-tailed FBG sensor with a 50mm-tail in the in-
plane direction. The position of the FBG sensor in 
the through-thickness direction was precisely 
controlled, as illustrated in Figure 8 (a). Both 
specimens were heated at a rate of 2oC/min, and 
were then cured at 90oC for 4h. After the 
temperature dwell in the test under the industrial 
condition, the autoclave pressure and vacuum were 
relieved to demold the specimen and to fully release 
so-called “tool-part interaction”, which is the 
frictional constraint on the specimen from the tool 
[1-3]. Effects of tool-part interaction on cure 
shrinkage were evaluated by comparing these two 
tests. 
 

3.2 Results and discussion 

Figures 9 shows the temperature and strain histories 
obtained. As in the test above, even though the strain 
changed by applying cure pressure and by heating, 
the strain at the gel point was set to be zero to 
facilitate the comparison between the sensors. In the 
test without a tool (Fig. 9 (a)), both of the short-
tailed FBG sensors embedded in the through-
thickness and in-plane directions measured almost 
the same strain of 1300, indicating that “ideal” 
transversely isotropic cure shrinkage occurred (Fig. 
10 (a)). The long-tailed FBG sensor measured 
double the strain of  the short- tai led FBG, 
reproducing the result in the previous section (Fig. 
7). In contrast, the specimen with a tool showed a 
totally different behavior (Fig. 9 (b)), indicating that 
transversely anisotropic cure shrinkage occurred 
(Fig. 10 (b)). The in-plane strain change was almost 
zero, as in the other researches. This is because the 
in-plane deformation of the curing specimen was 
constrained by the tool/part interaction through the 
interfacial shear stress (Fig. 10 (b)). Furthermore,  
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(a)                                                                                           (b) 

Fig. 8 Schematic of specimens. (a) Reference specimen without tool (with vacuum, and no autoclave pressure). (b) 
“Industrial-condition” specimen with tool, vacuum, and autoclave pressure of 0.4MPa. 

 

  
(a)                                                                                               (b) 

Fig. 9 Temperature and strain change. (a) Reference specimen without tool. (b) Specimen with tool. 
 

          
 

(a)                                                        (b) 
Fig. 10 Schematic of cure shrinkage under different conditions. (a) Transversely isotropic cure under no-tool condition. (b) 

Transversely anisotropic cure under industrial condition with tool. 
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after demolding and thus after releasing the tool/part 
interaction, the strain values did not change 
significantly. This behavior is attributed to 
viscoelastic nature of the curing composite and the 
transition from the rubbery state to the glassy state 
[21, 22]. During curing, stress induced by the 
constraint from the tool immediately relaxed due to 
the short relaxation time of the curing resin in the 
rubbery state, resulting in low residual stress. And 
the constrained deformation (i.e., zero in-plane 
shrinkage) was frozen into the specimen through the 
rubber-glass transition since the relaxation time 
dramatically increased during the vitrification. In 
contrast, the through-thickness value of 2900 was 
almost double the one in the test without a tool. The 
rough correction estimates the through-thickness 
cure shrinkage strain to be 5800. It can be 
understood that, since the in-plane deformation was 
constrained during cure, the volumetric contraction 
by chemical cure of the relatively incompressible 
rubbery resin took the form of the larger shrinkage 
in the out-of-plane direction (i.e., Poisson effect). In 
general laminates like quasi-isotropic ones, in-plane 
transverse deformation of each constituting 
unidirectional layer is constrained by the 
neighboring layers. The above result implies that 
cure shrinkage of each layer is transversely 
anisotropic, as indicated in Ref [23] using cross-ply 
laminates with TMA-based measurement. 
 

4 Conclusions 

This study developed a fiber-optic-based technique 
for in-situ characterization of direction-dependent 
cure shrinkage in thermoset fiber-reinforced 
composites. A procedure to embed fiber Bragg 
grating (FBG) sensors in composite out-of-plane 
directions was first established, and short-tailed FBG 
sensors embedded in through-thickness and in-plane 
directions clarified direction-dependent cure 
shrinkage in autoclaved unidirectional carbon/epoxy. 
The developed technique will be a powerful tool to 
evaluate cure shrinkage in complex-shaped parts and 
to validate process simulation tools. 
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1 Introduction
The Digital Image Correlation (DIC) technique has
established itself as an important tool in the area of ex-
perimental mechanics for more than three decades [1].
The valuable knowledge on the full-field displacements
and strains that the technique provides in 2D has paved
the way for interesting applications, such as mechanical
properties [2, 3], strain mapping [4], etc. The theo-
retical framework of DIC can be expanded into three
dimensions, in which case it is called Digital Volume
Correlation (DVC) [5]. DVC has found emerging ap-
plications in the past decade [5–7] concurrently with
the advances made in 3D imaging technologies, such
as X-ray tomography and confocal microscopy. DVC
allows for non-destructively evaluating displacements
and strains inside materials.The first developments of
DVC were based on local approaches [5, 8]. Later,
global approaches were developed based on trilinear
Finite Element (FE) shape functions [9], as well as
enriched FE shape functions for specimens containing
cracks [10]. However, as a result of the extension from
2D to 3D, the amount of data as well as the number of
Degrees of Freedom (DOF) for DVC is significantly
increased in both local and global approaches, when
compared to their 2D counterparts. Consequently, DVC
algorithms are highly demanding in terms of computer
resources. This limitation has hindered the practical
application of high-resolution DVC.

The present paper deals with the numerical aspects
of DVC, specifically as far as high-resolution DVC is

concerned. We propose a global approach based on
Fourier basis functions referred to as Improved Spectral
DVC (IS-DVC) hereinafter. Being an extension to 3D
of the Improved Spectral Approach (ISA) [11–13], IS-
DVC makes use of Fast Fourier Transform (FFT) to
convert the computationally cumbersome system of
equations in Fourier domain to an explicit equation
for the displacement field in the spatial domain. The
expression thus found can be evaluated quite efficiently.
The interesting feature of the approach lies in the fact
that the complexity of the correlation procedure does
not significantly increase for larger number of DOF.

2 Background
2.1 Concept of pattern matching
Let f(x) and g(x) represent the intensity functions
of spatial coordinates x = (x, y, z) corresponding to
the undeformed and deformed images, respectively. In
ideal conditions, these two configurations are correlated
through a mapping of coordinates expressed by the
following relation:

f(x) = g(x̆) where (1a)

x̆ = x + uexact(x) (1b)

where uexact(x) is the displacement vector field result-
ing from the applied loads. The exact displacement, in
the Volume of Interest (VOI), is estimated by a math-
ematical function with specified Degrees of Freedom
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(DOF), i.e.:

uexact(x) ≈ u(x; p) (2)

where p is the set of parameters representing the DOF
that should be determined from pattern matching. The
pattern matching consists in finding the parameters that
minimize the gap between f(x) and g(x̌). This can be
expressed as follows:

popt = argmin
p∈A

{
∫

VOI
[f(x)− g(x + u(x; p))]2 dx}

(3)
where A denotes the set of admissible choices for p
and the integrand is called the squared correlation
residuals that should be minimized. For the sake of
simplicity, the above formulation is written assuming
the intensity functions are continuous, hence the use
of integral operators. In practice, the discrete image
functions are interpolated using proper interpolation
methods [14–16] in order to perform the optimization
at sub-pixel positions.

2.2 Resolution strategy
Different approaches of DIC depend, in the first place,
on how the sought displacement field is formulated.
Nevertheless, no matter how it is formulated, the dis-
placement fields for different approaches can be ex-
pressed as the linear combination of several chosen
basis functions [17], which can be expressed in the
form of the following vector product:

u(x; p) =
[
ψ1(x) ψ2(x) · · · ψK(x)

]

υ1

υ2
...
υK


(4a)

where p ≡ {υn|n = 1, 2, · · · ,K} (4b)

υn are the sequence of unknown 3 × 1 (or 2 × 1 in
DIC) vectors associated with basis functions ψn(x)
and K is the total number of basis functions. Except
for some approaches (for example in [18]), a Newton
iterative strategy is often used to solve the problem (3).
The iterations start with an initial solution p(0) (lead-
ing to u(0)), at iteration i, g(x + u) is corrected for

u(i−1) and the new solution lies in finding the incre-
ment δu(i) = u(i) − u(i−1). It is assumed that the
sought increment, δu(i), is small enough so that one
can linearize g

(
x + u(i−1)(x) + δu(x)

)
as:

g
(
x + u(i−1)(x) + δu(x)

)
≈ (5a)

g
(
x + u(i−1)(x)

)
+∇Txg

(
x + u(i−1)(x)

)
δu(x)

provided that ∀x, ‖δu(x)‖ < ‖η‖. (5b)

where η is a small real vector,∇x denotes the gradient
operator with respect to vector x, and �T indicates the
vector transpose. Therefore, the First-order Optimality
for the problem (3) is written as:

∇υn

[∫
VOI

[
f(x)− ğ(i−1)(x)

−∇Tx ğ(i−1)(x)δu(x; p)
]2

dx
]

= 0 n = 1, 2, · · · ,K (6)

and

ğ(i)(x) = g
(
x + u(i)(x)

)
(7)

By applying the differentiation and after simplifications,
equation (6), is turned into a system of linear equations:

J11 J12 · · · J1K

J21
. . .

...
...

. . .
...

JK1 · · · · · · JKK



υ1

υ2
...
υK

 =


ρ1

ρ2
...
ρK


(8a)

where Jmn and ρm are 3× 3 (or 2× 2) and 3× 1 (or
2×1) matrices calculated from the following equations:

Jmn =
∫

VOI

((
∇xğ

(i−1) ⊗∇xğ
(i−1)

)
(x)

× ψm(x)ψn(x)
)
dx (8b)

ρm =
∫

VOI

((
f(x)− ğ(i−1)(x)

)
× ψm(x)∇xğ

(i−1)(x)
)
dx (8c)
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respectively, and ⊗ denotes the dyadic product. Equa-
tion (8a) is considered as the governing equation for
the gradient-based pattern matching.

2.3 Spectral approach
Roux et al. [13] and Wagne et al. [12] introduced a
very appealing approach based on the Fourier decom-
position of the sought displacement field in 1D and 2D,
respectively. In this framework, the displacement field
was expressed as:

u(x) =
∑
n

υn exp(̂ıωn · x) (9a)

where

ωn ∈

(pπL ,
qπ

L

)∣∣∣∣∣∣
n = 2Mq + p
p, q ∈ Z

−M ≤ p, q ≤M − 1

 ,

(9b)
L denotes the half-width of the Region of Interest
(ROI) andM ≤ L implies that only Fourier coefficients
within a square of size 2M×2M were used to estimate
the displacement field (i.e. K = 4M2). In the extreme
case where this square extends over the whole ROI size
(i.e. M = L), the displacement field is aimed to be
exactly reconstructed. However, this is not possible
due to the ill-posed nature of the inverse problem. In
their study, Wagne et al. [12] showed that M � L in
order for the approach to lead to meaningful results. It
is easy to show that with the chosen formulation, matrix
elements of the governing equation, i.e. equations (8b)
and (8c), turn into the following Fourier transforms:

Jmn = F
{(
∇xğ

(i−1) ⊗∇xğ
(i−1)

)}
[−m−n]

:= J̃[−m−n] (10a)

ρm = F
{(
f − ğ(i−1)

)
∇xğ

(i−1)
}

[−m]

:= ρ̃[−m] (10b)

where the Fourier transform of a function h(x) is de-
fined as:

F {h}[m] =
∫

ROI
h(x) exp (−ı̂ωm · x) dx (11)

(note that only the Fourier terms within the 2M × 2M
square are calculated in equations (10a) and (10b)).
Therefore, equation (8a) can be written in the following
form using the Einstein notation:

J̃[m−n]υn = ρ̃[m] summation over n (12)

The left-hand side of the above equation is a convolution
product. The main interest of the spectral approach lies
in the fact that instead of directly solving equation (12)
in the frequency domain, one may bring the calculations
back to the spatial domain. Thus, the convolution
operation turns into a simple matrix product in the real
space. In doing so, equation (12) is transformed to the
following practical form:

(
̂(

∇xğ ⊗∇xğ
)(i−1)

· δu(i)

)
(x) =

̂(
(f − ğ)∇xğ

)(i−1)

(x) (13)

where �̂ denotes low-pass filtering in the frequency
domain by preserving only 2M × 2M coefficients.
One faces here a 2× 2 linear algebraic system for each
point in the space. Such a system is analytically solved
giving rise to two explicit expressions for the estimated
displacement components. The main computational
burden is performing a forward and a backward FFT
to apply the Fourier low-pass filtering.

Wagne et al. [12] used multiscale iterations for large
displacement magnitudes [19]. The developed strategy
showed high reconstruction capacities while having
drastically low computational costs. However, their
approach suffered from a limitation stemming from
the periodic nature of the utilized basis functions, i.e.
the approach highly relied on periodic displacement
fields and periodic images; a condition that is rarely
met in real experiments. Meanwhile, this limitation
was shown to be alleviated in 1D by using prior dis-
placement correction using measurements based on a
linear displacement model [13] .

3 IS-DVC
In the IS-DVC, the 2D framework of the spectral ap-
proach is extended to 3D while improving on the accu-
racy and the functionality of the approach for practical
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applications. These improvements were completely
elaborated in the ISA [11] by the authors and will be
briefly formulated here in 3D. The number of DOF of
the sought displacement field in the spectral approach,
equation (9a), was determined by K (total number of
basis functions). Alternatively, it can be considered as
a box lowpass filter, which passes only 2M×2M basis
functions. In the ISA [11], this filter was replaced with
a Gaussian filter, which was shown to significantly im-
prove the accuracy of the measurements. Considering
the Gaussian filter as:

H(κ)
n = exp

(
−L

2‖ωn‖2

2π2κ2

)
, (14)

the sought displacement field is expressed in the fol-
lowing form:

u(x) =
∑
n

H(κ)
n υn exp (̂ıωn · x) (15)

ωn ∈

(pπL ,
qπ

L
,
sπ

L

)∣∣∣∣∣∣
n = 4L2s+ 2Lq + p

p, q, s ∈ Z
−L ≤ p, q, s ≤ L− 1


(16)

where κ is the cutoff wavenumber corresponding to the
Gaussian filter. Since the formulation of IS-DVC is
defined in 3D, u, υn and ωn are all 3× 1 vector fields
and the VOI contains 2L× 2L× 2L voxels. Similar to
the spectral approach, one should haveκ� L to ensure
the accuracy of the results [11]. Proceeding with the
improved formulation, one obtains the same governing
equation (13) as obtained in the spectral approach. Here,
�̂ denotes low-pass filtering in the frequency domain
using the maskH(κ). As in the ISA [11], the following
modification, inspired by the Hessian modification in
nonlinear optimization [20], ensures that the modified
dyadic tensor is always positive definite:

∀x, B(i)(x) :=
(

̂∇xğ ⊗∇xğ
)(i)

(x) + τ (i)(x)I
(17)

where I is the identity tensor and τ is defined as:

τ (i)(x) = max
{

0, δ0 − λ(i)
1 (x)

}
(18)

where δ0 is a positive real number (typical value 10−2)
and λ

(i)
1 (x) denotes the smallest eigenvalue of the

dyadic tensor field at iteration i. Therefore, equa-
tion (13) is modified into the following equation:

(
B(i−1) · δu(i)

)
(x) =

̂(
(f − g)∇xğ

)(i−1)
(x)

(19)
Provided that δ0 is small compared to the average
values of λ1, the resulting displacements are mean-
ingful enough to reduce the dissimilarity objective,
equation (3). Equation (19) is evaluated in 3D. The
analytical solution to the 3× 3 linear system (19) leads
to three explicit expressions for the displacement com-
ponents that can be evaluated for every voxel. Aside
from the additional computational burden dictated by
the 3D operations (e.g. 3D-DFT, arithmetic operations
and sub-pixel interpolation), the solution to the above
3× 3 system involves considerably higher number of
operations when compared to the 2× 2 version in 2D.
However, these operations are performed sequentially
and therefore can be carried out efficiently. Moreover,
thanks to the FFT advantages, the 3D-DFT operations
can be also performed with drastically less computa-
tional efforts, thus making the algorithm suitable for
3D applications.

In the iterative procedure, the cutoff wavenumber, κ,
was also gradually increased so that it reached its pre-
sumed value at final iterations, thus correcting for low-
frequency terms in the displacement before proceeding
to compute the high-frequency terms. Therefore, at
iteration i, the displacement field u(i) was corrected
as:

u(i) = u(i−1) + δu(i,κ) (20)

where δu(i,κ) was calculated from equation (19) using
te current value of κ. The algorithm decides to augment
κ when the Root Mean Square (RMS) of the correction
δu(i,κ), denoted byσδu, becomes inferior to 10−3. This
criterion is referred to as the stagnation measure. A
slight variation with respect to the ISA was used herein
to systematically stop the algorithm. The criterion was
based on the observed trend of the reduction in σδu as
a function of κ, which is illustrated in Fig. 1 As seen
from the trend, there is a jump in σδu as a result of
an increase in κ, which is due to the increased DOF
in the sought displacement field allowing for more
variations (hence a higher RMS) and probably a more
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Fig. 1: Illustration of the general trend of σδu as a
function of iterations. The jumps correspond to an
increase of κ due to the fulfillment of the stagnation
measure. It can be seen that these jumps decrease
logarithmically, as illustrated by the dashed line.

enriched reconstruction. However, this jump decreases
with a quasi-logarithmic decay as κ increases, which
means that the added DOF have less impact on the
accuracy of the measurement. Thus, there is a risk that
the κ-induced reduction of the uncertainty is overlaid
by noise- and interpolation-induced errors. Therefore,
the algorithm was set to stop when σδu at the jump
corresponding to κ became inferior to 10−3 (see [11]
for further details on the algorithm).

3.1 Other variations with respect to ISA
3.1.1 Prior correction for non-periodic displacements

The major utility of a two-fold correlation, is to remove
the limitation imposed by the Fourier-based decompo-
sition of the displacement field in the spectral approach.
This was shown by Roux et al. [13] and Mortazavi et
al. [11] to efficiently operate for non-periodic images
and displacement fields, in 1D and 2D, respectively.
In the ISA [11], the authors used a local approach fol-
lowed by 2D surface fitting to roughly estimate the
non-periodic part of the displacement field. However,
due to the additional computational burden associated
with the surface fitting algorithm, and for the sake of
simplicity in the evaluation of the presented examples,
a global approach based on an affine transformation for
the formulation of the non-periodic part of the displace-

ment field was considered (as previously done in [13]
for 1D images). In doing so, the initial solution u(0) in
IS-DVC is of the following form:

u(0) = (R0 + E0) · x + t0 (21)

where R0 and E0 are the homogeneous rotation and
strain tensors, respectively, and t0 is the rigid body
translation vector. The transform involves 12 DOF,
which are found by solving the pattern matching prob-
lem (??) through nonlinear optimization.

4 Simulated experiments
Three complex artificial experiments were performed
to evaluate the functionality of IS-DVC. In all experi-
ments, 8-bit 1283 voxel synthetic volume images were
artificially transformed to a priori known deformed
states using displacement fields simulated from me-
chanical analyses (referred to as exact displacement
fields hereinafter). The synthetic images were gen-
erated using the Fractals theory, namely, “Brownian
motion” [21]. This choice allowed for fast generation
of 3D images with random but correlated 3D textures.
Fig. 2 shows a typical volume image used in this study.
The root mean square of the error between the measured
quantities (displacement/strain) and their exact values
was calculated as the measurement uncertainty of the
corresponding quantity. To this end, the measured
values within 10 voxels near the volume edges were
excluded from the calculation to avoid any boundary
errors. In the first two examples, two different com-
posite geometries were considered, namely, a matrix
reinforced by randomly distributed spherical particles
in the first case (example I) and in the second case,
by randomly distributed ellipsoidal fibers (example II).
To this end, an in-house MATLAB code from another
study by the authors [22] was used to generate the
mentioned random microstructures for any given size
and volume fraction. The geometries are illustrated in
Fig. 4(a) and 5(a). The elastic response of the obtained
microstructures under 2% applied compressive strain
in z direction was subsequently calculated using an
FFT-based numerical method [23]. Table 1 lists the
properties used for generating the artificial data (geom-
etry and mechanical properties) for both composites.
In the third example, a displacement field with a discon-
tinuity was considered, namely, that of the analytical
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Fig. 2: Synthetic grayscale volume image (128× 128× 128 voxels, 8-bit) used for the artificial experiments as well
as its histogram. A different colormap was used here for illustrative purposes.

Table 1: Properties used for the generation of composites with spherical (example I) and ellipsoidal particles
(example II) used in the artificial experiments. Subscripts m and p refer to matrix and particle, respectively. E
denotes the elastic modulus and ν is the poisson ratio. The particle volume fraction is denoted by v.f.

Em (GPa) Ep (GPa) νm νp v.f.(%) aspect ratio size ratio (d† = L/r)
Example I 25 5 .2 .3 10 1 2.5
Example II 50 5 .2 .3 5 20 16
†d is defined as the ratio of image half-length (L) to the smallest particle radius (r), which gives an
estimation of the particle voxel-size in the volume image (see section 5).

mode I 2D crack. This example is interesting in the
sense that the discontinuous displacement field requires
a large number of DOF (high frequency bases) to be
approximated with a continuous displacement field ex-
pressed as per a Fourier expansion. This example is
useful to assess the potentials and limitations of the
presented approach. It should be noted that the accurate
measurement of discontinuous displacement fields is
not within the scope of the present approach as it would
require further considerations to deal with such cases.
The reader is referred to other approaches specifically
tailored for cracked specimens [10, 24, 25]. We used the
following discontinuous function for the z-component

of the preset displacement field, w, according to the
theory of linear elastic fracture mechanics:

w(x, r, θ) = CI
√
r

[(
η +

1
2

)
sin

θ

2
− 1

2
sin

3θ
2

]
(22)

where CI and η are mechanical constants and (r, θ) are
the polar coordinates centered at the crack tip in the yz
plane (crack oriented along θ = π).

The artificial transformations of the undeformed vol-
ume images were performed using the transformation
of their Fourier series, hence avoiding any interpolation
bias at this level of experiments. The tricubic B-spline
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interpolation scheme [16] was used for sub-pixel mea-
surement since it induces relatively small interpolation
bias [11].

5 Results and discussion
5.1 Examples I and II: artificial composites
Fig. 3(a) and 3(c) show the evolution of displacement
uncertainty as a function of the iterations, for both
examples. The measurements stopped at κ = 9 and
κ = 10 for examples I and II, respectively, according to
the criteria of section 3. The evolution of these criteria
are plotted in Fig. 3(b) and 3(d) as functions of the
characteristic subset length introduced in [11] for ISA,
i.e.:

` =
2L
ακ

(23)

where ` is the characteristic subset length and α ≈
1.05−1.25 (α = 1.05 was used for the aforementioned
plots). This parameter relates the cutoff wavenumber in
the frequency domain to a more tangible measure of res-
olution in the spatial domain. As shown in these plots,
at final iterations, the stopping criterion reached the
value 10−3, where the algorithm systematically stops.
Also, one notes the power-law fit for the reduction trend
of the stopping criterion, which confirms the validity
of the notions discussed in section 3. It is worth noting
that for every image correlation algorithm, successful
measurements consist in achieving a balance between
two divergent trends, namely, uncertainty reduction
thanks to increasing number of DOF (i.e. smaller char-
acteristic lengths) and uncertainty rise due the loss of
intensity variations as a result of smaller characteristic
lengths. In this sense, decision-making criteria, e.g.
the stopping and stagnation measures herein, become
key factors in the final accuracy of the measurements.
The exact tradeoff point (i.e. the minimum uncertainty
as a function of κ) for examples I and II was identified
as 0.0034 and 0.0038 voxels, respectively, ocurring at
κ = 11 for both cases. These values were obtained
by deactivating the stopping criterion to let the itera-
tions continue for higher values of κ and to see at what
point the minimum uncertainty occurs. Comparing
these values to the uncertainties at the final iterations
shown in Fig. 3(a) and 3(c), one concludes that the iter-
ations stopped very close to the tradeoff point, hence

confirming the suitability of the devised criteria.
Fig. 4 and 5 contain volume representations of some

measurement results for examples I and II, respectively.
The correlation residuals (Fig. 4(f) and 5(f)) ranging
between -0.5 and 0.5 (in the dynamic range scale of
the original images) imply that satisfactory correlations
have been established between the undeformed and
deformed states. Fig. 4 and 5(d)-(e) show the calcu-
lated εzz strain (exact and measured) mapped on the
deformed state of the volume. The measured strains
reveal a significant similarity to the exact simulated
strains, which means that IS-DVC was successfully ca-
pable of capturing the strain heterogeneities through the
volume. This can be better perceived from Fig. 4 and
5(b)-(c) , which represent the thresholded εzz strains
in the particles with threshold values -1.6% and -1.3%,
respectively. These values were chosen according to
the statistical distribution of the exact strain using “sim-
ple thresholding” (e.g. graythresh in MATLAB).
One recognizes a close estimation of the shape and the
orientation of the particles from their thresholded mea-
sured strain, when compared to the exact strain as well
as the original geometry. Table 2 gives the measured
strains uncertainties as well as the mean strain values
(denoted by a bar) within individual phases for the two
examples. The uncertainty of the εzz strain within the
particle (p) or matrix (m) is denoted by δεp/mzz and is
calculated as the following:

δεqzz =

√√√√∑i∈Ωq

(
εmeasured
zz (x〈i〉)− εexact

zz (x〈i〉)
)2

Nq

(24)
where Ωq denotes the ensemble of the regions contain-
ing the voxels of the individual phase q, and Nq is
the total number of voxels in that region. One notes
higher uncertainties within the particle, which is due
to the abrupt changes of the strain in the vicinity of
this phase. Nevertheless, this uncertainty is lower in
the case of composite with spherical particles. This
is mainly due to the lower elastic modulus contrast as
well as the larger particle size (lower size ratio) of the
spheres, when compared to those of the ellipsoids. The
former reduces the heterogeneity of the strain while
the latter increases the displacement resolution within
the particles.
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0.0039

(a) (b)

0.0041

(c) (d)

Fig. 3: Trend of displacement uncertainty as a function of iterations (a and c) and trend of σδu as a function of
characteristic subset length ` (b and d) for examples I and II, respectively.

Table 2: Strain uncertainties as well as strain averages within individual phases for examples I and II: Comparison of
averages with the exact strains.

κ ε̄mzz δεmzz ε̄pzz δεpzz
Artificial composite with spherical particles

IS-DVC measurements 9 -0.0230
0.0017

-0.0130
0.002

Simulation results (preset values) NA -0.0231 -0.0127
Artificial composite with non-aligned quasi-cylindrical fibers

IS-DVC measurements 10 -0.0206
0.0018

-0.0070
0.0035

Simulation results (preset values) NA -0.0207 -0.0065
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(a) (b) (c)

(d) (e) (f)

Fig. 4: (a) Geometry of the artificial composite with spherical particles (b) thresholded exact strain εzz with threshold
value = 1.6% (c) thresholded measured strain εzz with the same threshold value as that of (b) (d) exact strain εzz
image mapped on the deformed volume (according to the exact displacement field) (e) measured strain εzz image
mapped on the deformed volume (according to the measured displacement field) (f) correlation residuals for the
resulted measurements values are in the scale of the image dynamic range.

It is possible to derive a quantitative measure of
proper particle size ratio with respect to the cutoff
wavenumber κ using the characteristic subset length.
In order for IS-DVC to be able to best estimate the strain
within the particle, the particle’s (smallest) radius, r,
should be larger than the characteristic subset length,
i.e.

r >
2L
ακ

or κ > βd (25)

where d = L/r is the particle size ratio (see Table 1)
and β = 2/α ≈ 1.6− 1.9. On this basis, κmin for the
spherical particles turned out to be 5 while this value
for the elliptical particles was 25 ∼ 30. Obviously,
we did not reach this value for the ellipsoidal particles
due to the insufficient intensity variations associated
to the 3D texture of the volume image. The above
quantitative measure allows one to determine the fea-
sibility of high-resolution measurements for a given

composite geometry according to the particle size (in
voxels) within the image.

5.2 Example III: crack displacement field

For the third example, the algorithm stopped at κ = 13.
This means that higher DOF had larger impact on the un-
certainty reduction, when compared to the two previous
examples, which is not surprising since a discontinuous
displacement field should be estimated. The measure-
ments for w(x) along a vertical line containing the
discontinuity is plotted for κ = 3 and κ = 13 and
compared to the exact plot in Fig. 7. As seen from the
plot, for κ = 13, the displacement errors were rapidly
damped for regions away from the discontinuity. Fig. 6
shows the volume image of the displacement fieldw(x)
compared to the exact displacement. A close agreement
between the measured and the exact displacements can
be observed, especially for regions far from the crack
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(a) (b) (c)

(d) (e) (f)

Fig. 5: (a) Geometry of the artificial composite with elliptical particles (b) thresholded exact strain εzz with threshold
value = 1.3% (c) thresholded measured strain εzz with the same threshold value as that of (b) (d) exact strain εzz
image mapped on the deformed volume (according to the exact displacement field) (e) measured strain εzz image
mapped on the deformed volume (according to the measured displacement field) (f) correlation residuals for the
resulted measurements values are in the scale of the image dynamic range.

(a) (b) (c)

Fig. 6: (a) Exact displacement field in z direction for the analytical mode I crack (b) measured displacement field (c)
correlation residuals, values are in the scale of image dynamic range

surface. The displacement uncertainty excluding the
cracked region (10 voxels all around the crack) was
.006 voxels, which is very acceptable, when compared
to the other examples (Fig. 3). The correlation resid-
uals for this examples (Fig. 6(c) ) demonstrates how

well the algorithm has succeeded to correlate the un-
deformed and deformed images. Obviously, there are
significant residuals in the crack region, which means
that the algorithm underperformed in this area. The pre-
sented example reveals that such discontinuities have
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Fig. 7: Behavior of the measured displacement in the
vicinity of the discontinuity for example III

very little effects on the accuracy of the measurements
sufficiently far from the crack.

6 Conclusion
We proposed a global approach for fast and accurate
high-resolution DVC. The approach was an extension
to 3D of the 2D ISA based on a Fourier decomposition
for the sought displacement field. Several artificial
experiments were performed to evaluate the function-
ality of the IS-DVC for high resolution displacement
measurements. Especially, two artificial composites
were generated with spherical and quasi-cylindrical
non-aligned particles to simulate the artificial experi-
ments using synthetic images. The measurements on
the composites were proven to be very successful in cap-
turing strain heterogeneities through the volume with
acceptable uncertainties, both in displacements and
strains. Stopping and stagnation measures devised in
the IS-DVC algorithm were shown to be very efficient
in systematically stopping the iterations, hence adding
to the robustness of the whole measurement process.
Using the notion of characteristic subset length previ-
ously introduced in [11], a quantitative measure was
derived to estimate the proper particle voxel-size for
accurate capturing of strain heterogeneities as a func-
tion of cutoff wavenumber defining the measurement
resolution. This a priori knowledge would help better
designing experimental parameters (e.g. magnification,
imaging resolution, etc.) to obtain the best results from
IS-DVC. Furthermore, a third artificial example dealt
with the measurement of a discontinuous displacement

field of analytical mode I crack from linear elastic
fracture mechanics. The resulted measurement uncer-
tainties, although not very low in the vicinity of the
discontinuity, turned out to be fairly acceptable (around
0.006 voxel) for regions further from the crack. This
experiment assessed the stability of IS-DVC in dealing
with discontinuities.

The results obtained in this study are very promising
for high-resolution DVC thanks to the significantly
low computational costs associated with IS-DVC. It
should be noted, however, that this first step requires
further studies to deal with experimental limitations
such as noise and artifact effects, which may hinder
the full exploitation of the approach if not taken into
consideration.

7 ACKNOWLEDGEMENTS
This research was funded by Fonds Québécois de la
Recherche sur la Nature et les Technologies (FQRNT)-
projets de recherche en équipe and the Canada Research
Chair program (M. Lévesque and I. Villemure).

References
1. M. Sutton, W. Wolters, W. Peters, W. Ranson,

S. McNeill, Determination of displacements using
an improved digital correlation method, Image and
Vision Computing 1 (1983) 133 – 139.

2. M. Grédiac, The use of full-field measurement
methods in composite material characterization:
interest and limitations, Composites Part A: Ap-
plied Science and Manufacturing 35 (2004) 751 –
761.

3. G. Geymonat, S. Pagano, Identification of mechan-
ical properties by displacement field measurement:
A variational approach, Meccanica 38 (2003) 535–
545.

4. J. Q. D. Fonseca, P. M. Mummery, P. J. Withers,
Full-field strain mapping by optical correlation of
micrographs acquired during deformation, Journal
of Microscopy 218 (2005) 9–21.

5. B. Bay, T. Smith, D. Fyhrie, M. Saad, Digital vol-
ume correlation: three-dimensional strain mapping
using x-ray tomography, Experimental Mechanics
39 (1999) 217 – 26.

ICCM19 3997



6. F. Forsberg, C. R. Siviour, 3d deformation and strain
analysis in compacted sugar using x-ray microto-
mography and digital volume correlation, Measure-
ment Science and Technology 20 (2009) 095703
(8pp).

7. J. Réthoré, N. Limodin, J.-Y. Buffière, F. Hild,
W. Ludwig, S. Roux, Digital volume correlation
analyses of synchrotron tomographic images, The
Journal of Strain Analysis for Engineering Design
46 (2011) 683–695.

8. E. Verhulp, B. V. Rietbergen, R. Huiskes, A three-
dimensional digital image correlation technique for
strain measurements in microstructures, Journal of
Biomechanics 37 (2004) 1313 – 1320.

9. S. Roux, F. Hild, P. Viot, D. Bernard, Three-
dimensional image correlation from x-ray com-
puted tomography of solid foam, Composites Part
A: Applied Science and Manufacturing 39 (2008)
1253 – 1265.

10. J. Réthoré, J.-P. Tinnes, S. Roux, J.-Y. Buffière,
F. Hild, Extended three-dimensional digital image
correlation (x3d-dic), C.R. Mecanique 336 (2008)
643–9.

11. F. Mortazavi, M. Lévesque, I. Villemure, Image-
based continuous displacement measurements us-
ing an improved spectral approach, Strain (2013) 16
pages. Published on-line. DOI : 10.1111/str.12034.

12. B. Wagne, S. Roux, F. Hild, Spectral approach to
displacement evaluation from image analysis, Eur.
Phys. J. AP 17 (2002) 247–252.

13. S. Roux, F. Hild, Y. Berthaud, Correlation image
velocimetry: A spectral approach, Applied Optics
41 (2002) 108–115.

14. T. M. Lehmann, C. Gönner, K. Spitzer, Survey:
Interpolation methods in medical image processing,
IEEE Transactions on Medical Imaging 18 (1999)
1049–1075.

15. M. Unser, A. Aldroubi, M. Eden, B-spline signal
processing. i. theory, Signal Processing, IEEE
Transactions on 41 (1993) 821 –833.

16. M. Unser, A. Aldroubi, M. Eden, B-spline signal
processing. ii. efficiency design and applications,
Signal Processing, IEEE Transactions on 41 (1993)
834 –848.

17. F. Hild, S. Roux, Comparison of local and global
approaches to digital image correlation, Experi-
mental Mechanics 52 (2012) 1503–1519.

18. C. Franck, S. Hong, S. Maskarinec, D. Tirrell,
G. Ravichandran, Three-dimensional full-field
measurements of large deformations in soft materi-
als using confocal microscopy and digital volume
correlation, Experimental Mechanics 47 (2007)
427 – 438.

19. G. Besnard, F. Hild, S. Roux, "finite-element"
displacement fields analysis from digital images:
Application to portevin-le châtelier bands, Experi-
mental Mechanics 46 (2006) 789 – 803.

20. J. Nocedal, S. J. Wright, Numerical Optimization,
Springer, 2000.

21. M. F. Barnsley, R. L. Devaney, B. B. Mandelbrot,
D. Peitgen, R. F. Voss, The Science of Fractal
Images, Springer-Verlag, Berlin, 1988.

22. E. Ghossein, M. Lévesque, A fully automated
numerical tool for a comprehensive validation of
homogenization models and its application to spher-
ical particles reinforced composites, International
Journal of Solids and Structures 49 (2012) 1387 –
1398.

23. H. Moulinec, P. Suquet, A numerical method for
computing the overall response of nonlinear com-
posites with complex microstructure, Computer
Methods in Applied Mechanics and Engineering
157 (1998) 69 – 94.

24. E. Fagerholt, T. Borvik, O. Hopperstad, Measuring
discontinuous displacement fields in cracked spec-
imens using digital image correlation with mesh
adaptation and crack-path optimization, Optics and
Lasers in Engineering 51 (2013) 299 – 310.

25. J. Réthoré, F. Hild, S. Roux, Extended digital image
correlation with crack shape optimization, Interna-
tional journal for numerical methods in engineering
73 (2008) 248–272.

ICCM19 3998



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Abstract 

Recycling of continuously reinforced thermoplastic 
composites (TPC) has a substantial prospect at 
present and in future due to its increasing 
availability and rapidly growing application regime. 
This study focusses on the first steps in using TPC 
process scrap on a scale in which its maximum 
potential can be utilised. It entails the mechanical 
response viz. elastic properties and strength of the 
flake reinforced plates under uniaxial tension. The 
plates were manufactured by compression moulding 
of flakes made of woven glass fabric reinforced 
thermoplastic polyurethane (TPU), oriented 
randomly within the plate. The randomness in the 
orientation of the flakes is evident from the observed 
in-plane isotropic behaviour in the experiments. 
Failure is in most cases dominated by the matrix and 
changes its path to avoid the flakes. The failure 
surface observation revealed regions of good and 
also regions of poor fibre-matrix as well as flake-
matrix adhesion. Different classes of flake sizes 
were used to produce plate samples. The relationship 
between the flake size and mechanical properties 
were not statistically significant due to the 
similarities observed in the size distribution between 
the different classes of flakes used. The measured 
strength and stiffness values are compared with 
existing values and analytical results. The analytical 
results for stiffness and strength were found to be 
close to the measurements by 8% on average, which 
shows a fairly good agreement of the idealised 
theory where the effect of interactions between 
reinforcements are not included. 

2 Introduction  

The rising demand in reducing the throughput time 
of components produced from composite materials 
leads to an increase in application of thermoplastic 
composites. The inherent property of thermoplastics 
of being able to be recycled makes it a more viable 
choice in an economical and ecological point of 
view than thermosets.  

The increase in the production of TPC implicitly 
poses a problem of process scrap management [1]. 
The high potential in the TPC scrap can be exploited 
by downgrading them one level into recycled 
products, which has promising applications in 
industrial and consumer products. Combined with 
the features of high performance thermoplastics, like 
high fracture toughness and environmental stability, 
it can offer a wide range of properties and also 
enable various joining abilities. 

The concept of using discontinuous reinforcements 
has been in existence for the past few decades [10-
17]. Different forms of materials are available viz. 
bulk moulding compounds (BMC) with short fibre 
reinforcements (up to 12 mm) in the form of a 
dough, sheet moulding compounds (SMC), a sheet 
like preform with long fibres (up to 50 mm) oriented 
randomly. Processes like injection moulding and 
compression moulding are used to manufacture 
products from these material forms. These processes 
induce flow and hence reorient the reinforcements 
depending on the process used. In a view to improve 
the properties of SMC, chopped fibres are replaced 
with chopped tapes/prepregs (HexMC®) by Hexcel 
[2]. Similar form of chopped unidirectional prepregs 
in bulk form is also used for one-shot three 
dimensional moulding [3] from TenCate. These 
materials have virgin raw materials and are used in 
automotive and recently in aerospace applications. 
The typical aerospace applications include high 
volume products such as clips, brackets and parts 
such as window frames [4,5]. On the other hand this 
article investigates the usage of TPC recyclates in 
bulk form. 

In this study the recycling is limited to grinding the 
composite scrap into flakes of smaller dimensions, 
in order to conserve the parent materials’ properties 
such as the reinforcing effect of fibres in a weave 
pattern as much as possible. The ground flakes can 
be moulded directly into flake-reinforced composite 
(F-RC) parts without the addition of extra neat resin. 
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The molded flake-reinforced composite has a matrix 
phase contributed by the matrix material present in 
the flakes and a reinforcement phase contributed by 
the reinforcements in the flakes, in an ideal 
condition. The F-RC plates used in this study 
contain loose fibre particles which is a byproduct of 
the grinding process as shown in Figure 13.  

Unlike short fibres [6], irrespective of the 
preferential orientation, the flakes provide a two-
dimensional reinforcement and hence enhanced 
quasi-isotropic in-plane properties. The end 
products’ properties are a function of the statistical 
size distribution and orientation distribution of the 
flakes analogous to the short fibre reinforced 
composites (SFRC) [7,8]. However, in F-RC it is 
also essentially a function of various other 
parameters like overlap between flakes [9], 
agglomeration and interface properties in addition to 
voids and matrix micro-cracks in the matrix phase. 

Several theories for determining the theoretical 
modulus and strength of discontinuous reinforced 
composites have been developed and studied in the 
past, pertaining to short fibres [10,11,12] and 
flake/platelet reinforcements [13,14]. Most of the 
theories for flakes are based on the knowledge from 
the behaviour of short fibres. Indeed in both the 
cases stress is transferred to the reinforcement 
through the interface between the matrix and the 
reinforcement. A brief overview of the key concepts 
involved is given the following subsections. For 
more detailed information on the formulation the 
reader is referred to the citations. 

2.1 Strength of discontinuous composites 

An elastic reinforcement in an elastic matrix is 
considered by Cox [10,15] with a perfectly bonded 
interface except for the end surfaces. Usually the 
matrix has a lower modulus than the reinforcement, 
hence the strain induced locally in the fibre is less 
than the matrix for carrying a particular far-field 
stress. Thus a shear stress is induced at the interface 
near the ends of the reinforcement and it drops to 
zero along the length of the fibre as shown in second 
quadrant of Figure 1. This non constant shear stress 
causes a non-linear buildup of normal stress in the 
reinforcement for maintaining an equilibrium state 
in the fibre (shown in third quadrant of Figure 1). In 
this theory the interactions between adjacent 
reinforcements and stress concentration issues due to 
the discontinuities are not considered. 

Kelly [11] defines a similar phenomenon as Cox, but 
considers an elastic reinforcement in a plastic 

matrix. The matrix is assumed to flow plastically 
and maintain a constant shear stress at the interface 
(shown in the first quadrant of Figure 1). The 
transfer of shear into normal stress occurs in a so-
called transfer length or the ineffective length from 
the free ends of the reinforcement. With increasing 
length of the reinforcement for the transfer of 
stresses, the buildup of stress in the reinforcement 
rises linearly till its ultimate load carrying capacity 
is reached. It is shown in the fourth quadrant of 
Figure 1. Any further increase in stress would 
rupture the short reinforcement. Hence if the length 
of the reinforcement is larger than a critical length 
( ) the reinforcement will be utilised to its full 
potential and will fail eventually. On the other hand 
for the reinforcements smaller than the critical 
length, the interfacial strength is the weak link and it 
fails before any stress in the reinforcement could 
reach the failure stress and consequently is pulled 
out due to debonding. Thus the critical length 
provides a transition between the two failure modes. 
Similar to Cox, interactions between reinforcements 
and stress concentrations are not taken into account. 

Riley [12] and Piggot [14] consider interaction 
between the reinforcements. The former deals with 
short fibres and the latter with platelets following the 
fundamental principles of Kelly [11]. The load 
dropped by one fibre/flake near its end is shared by 
the surrounding flakes locally and hence stress 
concentrations arise along the length of the bridging 
reinforcements. Piggot [14] suggests that the effect 
of shape of the flakes either round or rectangle does 
show some effects in the stress distribution within 
the flake. On the other hand the effect of aspect ratio 
(length to thickness) was found to be influential in 
the case of circular flakes due to circular symmetry, 
but not in the case of rectangular flakes. Similarly 
the packing arrangement also influences the stress 
profile of the flakes. The load dropped at the end of 
a flake appears as a peak in the stress profile of the 
neighbouring flake locally at the discontinuity. If the 
packing arrangement is modified then the number of 
stress peaks and the distance between the peaks in 
the stress profile varies. 

In all the cases the average tensile stress in the 
reinforcement is less than the matrix due to the 
tapered stress profile at the ends, implying that these 
materials can almost not reach the continuous 
reinforcement properties [16]. Considering a one 
dimensional approximation of the flake 
reinforcements, the length of the reinforcement 
should be around 50 times the critical length to reach 
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a stress level of 99% of the fibres’ maximum load 
carrying capacity [17] 

2.2 Modulus of discontinuous composites 

Similar to the strength theories, the modulus has also 
been approximated for different types of 
discontinuous composites. Cox [10,15] uses the rule 
of mixtures to approximate the longitudinal modulus 
of aligned discontinuous composites. A correction 
factor is defined to account for the effect of fibre 
length and is based on the shear transfer principle 
discussed in section 2.1. The correction factor 
depends on the fibre volume fraction, shear modulus 
of matrix and the aspect ratio [16]. For the case of 
non-aligned discontinuous composites, Krenchel 
[18] defined an efficiency factor for the orientations. 
The factor tends to unity for an aligned fibre system 
with respect to the direction of stress and for other 
orientations it is a weighted summation of the 
orientation contribution, weighted with the 
proportion of fibres in a particular orientation. 
Padawer and Beecher [13] based on Cox [10] 
defined reduction factors for planar reinforcements 
to be used with the rule of mixtures, namely the 
modulus reduction factor (MRF) which is a function 
of flake volume fraction, aspect ratio and shear 
stiffness of the matrix. 

2.3 Essentials for flake-reinforced composites and 
the underlying problem 

From the analyses in the overviews above, 
analogous to the load transfer mechanism in a 
SFRC, the applied external load is transferred from 
the matrix to the flake by interfacial shear near the 
ends of the flakes. It is then transformed into a 
normal stress along its length [10,11]. The failure 
occurs in a sequence of steps either initiated by 
micro-cracks in the matrix or by fibre-matrix 
interface debonding. This eventually leads to 
overloading of fibres (within a flake) and rupturing 
of flakes which in-turn overloads adjacent flakes. 
The accumulation of such fractures progresses until 
the complete breakdown of the material. This 
underlying phenomenon is considered as the basis 
for the problem studied herein. 

The studies carried out in the literature assume the 
flakes to be made of a homogenous material such as 
metal, glass or thin mica flakes. In the present 
investigation the flakes are chopped pieces of 
composite itself (recyclate), which could consist of 
woven fabric or a unidirectional material. However, 
in this study the flakes are made of woven fabric as 
stated in section 3.1. 

Even though macroscopically F-RC is considered as 
quasi-isotropic, in the scale of the flakes, which is in 
between the macro and meso scale, it has a strong 
directional dependence arising due to the 
constitution of the flakes. The size and orientation of 
the flake with respect to the material axes and the 
directional properties of the flakes are the primary 
variables which influence the properties of F-RC 
such as stiffness and strength. Statistical 
distributions can be used to describe the randomness 
in the size due to the grinding process and the 
process induced orientations of flakes in the F-RC. 
Figure 2 shows a sample of ground flakes and Figure 
3 shows an F-RC plate. 

This article focuses on understanding and 
characterising the mechanical properties and 
identification of various failure phenomena in such 
compression moulded F-RC plates, produced from 
the scrap of woven glass fabric/thermoplastic 
polyurethane (TPU) ‘parent composite’. In the 
following sections, details on the material used and 
the experimental investigations carried out are 
presented. The results of the experimental 
investigations are discussed. A suitable 
phenomenological model is devised based on the 
observations and measured distributions of the 
variables and is compared with the experiments and 
reference values from the parent material and similar 
discontinuous composite materials. 

3 Materials and Experimental Methods  

The recycled flakes (recyclate) and the compression 
moulded reinforced plate material used in this study 
were provided by CATO Composites Innovations 
B.V. 

3.1 Materials  

The parent laminate material comprises of TPU 
matrix reinforced with 2/2 twill weave glass fabric 
with a fibre volume fraction of 45%. The scrap 
material is ground into flakes as shown in Figure 2. 
Figure 2(a) and 2(b) show the flakes of material type 
A and B respectively. The material type A and B 
differ only by the number of layers of fabric 
reinforcement in the parent laminate. Type A has 
three layers and B comprises of two layers. During 
the grinding process the type A has been 
delaminated and hence some of the type A flakes do 
not have three layers. The ground flakes were then 
sieved with a mesh opening dimension of 10 - 15 
mm in the case of material type A and 20 mm in the 
case of type B. The sieve sizes chosen for this study 
are independent of the material constitution and are 
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based on the nominal output size of the grinding 
process. A sieve size of 20 mm could not be used 
with type A material since the grinding process 
yielded sizes in the range less than 20 mm. Further 
the type B sieved flakes are segregated into several 
classes as shown in Table 1. 

The mould cavity 200x200x2 mm3 is filled with a 
determined quantity of a class of sieved flakes and is 
subjected to a compression moulding cycle. The 
moulding temperature was maintained at 220 degree 
Celsius and the pressure was set to 90 bars. The 
variation of the thickness in a plate was measured to 
be within ±0.3 mm. 

The tensile specimens were cut from the moulded 
plates using a diamond saw to 25 mm in width and 
200 mm in length. The width of the specimen was 
chosen to have a reduced size-effect with respect to 
the size of the flakes. The edges of the plates were 
removed before cutting. Five specimens were cut in 
three different orientations from the plate as shown 
in Figure 3. For the 45 degree specimens three plates 
from the same moulding batch were used to prepare 
five specimens. Different orientations of the 
specimens are chosen to quantify the effect of flow 
induced orientations of the flakes on the properties 
of the moulded plate. 

3.2 Experimental Methods  

The experimental study is centered on the uniaxial 
tensile test complemented with several other 
methods for a comprehensive characterisation of the 
F-RC plate at all the aforementioned scales. The test 
matrix is shown in the Table 1. 

3.2.1 Flake size measurement, volume fraction 
measurement and Microscopic examination 
The grinding process can be considered as a 
stochastic process in which the size variation is very 
much apparent. The sieving process helps to narrow 
down to a specific range of size after grinding. Even 
then every flake is different from each other. The 
size of the flakes are measured by image processing 
techniques using ImageJ [19] to determine the actual 
size range that can be expected in a moulded F-RC 
plate of a specified class. 

Images of the sampled flakes from each class of size 
are photographed on a contrasting background. A 
ruler with reference markings and the flakes are laid 
flat so that the projected image corresponds to the 
area of the flake (Figure 2). The marking on the ruler 
is used to scale the image pixels to millimeters. Each 
image is converted to gray scale and is transformed 

to a binary mask by thresholding the gray scale 
values as shown in Figure 4. The segmented binary 
mask is then analysed for particles (flakes) greater 
than a certain area value to eliminate any false 
detection of the artifacts created during image 
segmentation. The area of the particle is constrained 
to fit an ellipse and the dimensions of the fitted 
ellipses are extracted. 

Since the process scrap contains resin free regions 
near the outer edges of the parent laminates, after the 
grinding process the flakes might not have the same 
volume fractions as the parent laminate. Hence the 
volume fractions are measured on the final moulded 
F-RC specimens with its mass and volume according 
to ASTM D3171 [20]. The measurement is done 
after the tensile coupons are prepared. 

A few regions of the plate were cut into small pieces 
revealing the cross section of the plate and were 
observed using optical microscopy. 

3.2.2  Uniaxial tensile test  
Uniaxial tensile tests are performed according to 
ISO527-4 [21] to determine the mechanical 
properties of F-RC plates. The applied strain rate for 
all the specimens are maintained constant at 1 
mm/min and the specimens were loaded till failure. 
Hydraulic clamps were used to clamp the specimens 
in the machine (Zwick Z5.0) heads. The specimens 
were tested without end tabs and taper in the width 
direction, since a considerable amount of stress 
concentration regions are already present in the 
material. It is assumed that one of those regions 
might become a weak link and divert the crack 
initiation away from the clamps. 

The strength data presented in this study corresponds 
to the ultimate stress reached in the tensile 
specimens, which is the ratio of maximum force 
borne by the specimen and the initial cross sectional 
area. The modulus is calculated by linearizing the 
stress-strain measurements between 0.05% to 0.25% 
strain according to ISO527-4. The strain in the 
specimen during the tensile testing was measured 
with a Laser Speckle Extensometer (LSE). The LSE 
is calibrated with a graticule (calibration ruler) 
before every batch of specimens are tested, to 
prevent any misalignment due to small movements 
of the camera support. The gauge length for the 
strain measurements were set at 50 mm. A digital 
single lens reflex camera was used to record the 
failure process. 
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3.2.3 SEM Fractography 
The fracture surface is analysed with a scanning 
electron microscope (SEM) to examine the failure 
mechanism. The failure surface is sputter coated 
with a thin layer of gold for the conductivity. It 
prevents the local charging-up of the non-conductive 
specimen surface due to the electron beam and 
avoids causing artifacts in the SEM micrographs. 

S.No. 
Material 

Type 

Sieve 
Size 

(mm) 

No. of Specimens 
for Tensile Testing 

Specimen 
Orientation 

(degrees) 
0 ̊   90 ̊ 45 ̊

1 A 10-15 5 5 - 
2 B 20:Fine - 5 5 
3 B Middle - 5 5 
4 B Coarse - 5 5 
5 B Mixed1 - 10 - 
6 B Mixed2 - 5 5 

S.No. 2-6 have the same sieve opening of 20 mm but 
segregated to different classes within the size. 

Table 1. Test Matrix 

4 Results  

4.1 Flake size measurement 

In the case of irregularly shaped flake 
reinforcements the definition of the size of a flake 
has considerable complexity. Since the flakes are 
irregular in shape, many size measures are possible 
[22]. In this study an equivalent size is determined 
by fitting an ellipse to the flake by constraining the 
area of the flake with image processing techniques 
(section 3.2.1). The major axis dimension for 
different classes of flakes is extracted from the 
software and is fitted with a lognormal distribution 
as shown in Figure 5. Only a limited number of flake 
samples were measurable for type B flakes amidst 
fine matrix dust and loose particles. From the 
density functions it can be seen that the mean value 
of size between different classes are not far apart. 
The mode of the distribution represented by the peak 
value of the density curve gives the most probable 
size occurring in the sampled flakes. For type B 
flakes the modes are very close to each other. The 
spread in the flake size within a class of type B is 
large when compared to the type A which is 
apparent from the width of density function. A 
narrow density function signifies a narrow range of 
flake size variation. 

4.2 Volume fraction approximation and 
micrographs 

The fibre volume fraction of each tensile specimen 
was approximated by its mass and volume and was 
found to be close to each other. The Figure 6 shows 
the values for each set of specimens with their 
standard deviations. 

4.2.1 Cross sectional micrography 
The micrographs of the cross sections obtained from 
the polished samples were examined for voids and 
other pre-existing defects in an as-moulded state. 
Figure 7 shows one of the micrographs. Debonded 
fibre matrix interface and matrix micro-cracks 
emanating from these debonded regions were 
observed. The debonded regions or the micro-cracks 
can become a crack initiator upon loading. There 
were only very few void regions observed. Resin 
pockets between the flakes were observed more 
frequently, which are a potential weak link during 
loading. 

The cross sectional image of the plate usually 
reveals the orientation of the fibres from the 
ellipticity in the cross section of oriented fibres, 
created by the cutting plane. In this case, each flake 
is made up of a piece of woven fabric, which in turn 
is made up of bundles of fibre filaments. Finding 
which bundle corresponds to which flake is not 
trivial. A robust methodology based on the analysis 
of successive image slices of the same sample has to 
be developed and is not in the scope of this study.  

4.3 Uniaxial Tensile test 

Specimens corresponding to three different 
orientations from the plate as shown in Table 1 and 
Figure 3 were tested in order to investigate 
orientation effects and the randomness in the flake 
distribution. The results in the plot show no 
significant difference in the modulus or the strength 
between different orientations of specimens. All the 
values are within the measurement deviations. It can 
be inferred that the F-RC plates appear to show an 
in-plane isotropic behaviour in a macroscopic scale. 
In other words: the flakes are randomly oriented. 

The typical stress-strain curve for two types of 
distinct behaviours observed is shown in Figure 8. A 
linear build-up of stresses can be observed in both 
cases until a certain point at which the behaviour 
tends to become non-linear. The peculiarity arises in 
the strain to failure. One of the specimens from the 
same plate fails with a much lower strain than the 
other for a similar strength value. Upon observing 
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the failure type of the specimens as shown in Figure 
9, it was apparent that the specimen with large 
energy absorption has a larger failure surface with 
considerable shearing. One of the flakes in the 
failure surface was delaminated absorbing the 
considerable energy spent during failure as seen in 
the first one third of the Figure 9(b). 

In most of the cases the strain localises in many 
spots at approximately same moments in time. Upon 
further loading the weakest of them initiates a crack 
and then the damage evolves as the crack progresses 
through the material in the width direction leading to 
catastrophic failure. These localisation phenomena 
are assumed to be one of the causes for the non-
linear behaviour apart from the complex interactions 
between the planar flakes. The presence of a poor 
interface becomes a site for crack initiation. 

Figure 9(a) shows the failure region in which it can 
be seen that the cracks avoid the flakes and change 
direction via a least resistance path around the flake. 
As seen in the critical length calculation in section 
5.2 and Table 3, almost all the flakes are below the 
calculated critical length when compared to Figure 
5, assuming a one-dimensional approximation. 
Hence the flakes might not be fully loaded and 
failure by pull-out with insufficient shear strength of 
the interface occurs. In other words: matrix failure is 
dominant in the observed cases. 

Due to the presence of loose fibres in the system, the 
observed effects are not completely conclusive since 
there are more effects viz. crack bridging, two 
dimensional complex interactions between the flakes 
and embrittlement of the matrix due to the loose 
particles between the flakes.  

The plots in Figures 10 and 11 show the strength and 
modulus. The values are normalised with respect to 
the parent material for comparison. The typical 
value of E-Modulus for the parent is 19 GPa and the 
strength is around 325 MPa. It can be seen that there 
is no significant difference in the values of modulus 
and strength between the size classes of type B and 
between type A and B as well. This might be due to 
the similar size ranges of the flakes for all the 
classes as seen in Figure 5. 

4.4 Failure surface analysis 

SEM micrographs of the fracture surface are shown 
in Figure 12. In Figure 12(a) good adhesion of the 
matrix to the fibre can be observed as there exist 
remains of matrix on the fibre even after failure 
representing a cohesive failure and yield lips can 

also be seen. In Figure 12(b) the adhesion appears to 
be poor since the flakes have been separated and a 
clean fibre surface is visible. 

5 Phenomenological semi-analytical model 

Based on the theoretical literature survey, 
approximations for the longitudinal elastic modulus 
and tensile strength have been calculated. In this 
section they will be compared with the experimental 
results.  

5.1 Modulus Approximation 

Based on Padawers’ [13] approach discussed in 
section 2.2, a rule of mixtures with a modulus 
reduction factor (MRF) is considered for 
approximating the modulus of the flake-reinforced 
composite. The following equations give the elastic 
modulus for a discontinuous planar reinforced 
material assuming the matrix and reinforcements are 
linearly elastic, flakes are of uniform size and 
thickness, regular pattern of alignment and a perfect 
flake-matrix adhesion. 

	 	 1  

	

1
tanh

 

Where, 

1

/

 

/  

The variables with subscript f are related to the 
reinforcement phase and with subscript m are related 
to the matrix phase.  refers to the volume fraction 
of the phase.  to the elasticity modulus and  to 
the shear modulus where ∈ , .	  is the mean 
length of the flake and 	  represents the thickness. 

Parameter Value 

 8 MPa 
 150 MPa 
 19000 MPa 

                     16 mm 
                    10	  

The values of the matrix correspond to Desmopan 385. 
Table 2. Flake-matrix system properties. 

The value of the modulus of the flake phase 
corresponds to the modulus of the parent of the 
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recyclate. By substituting the values for the current 
system as shown in the Tables 2 and 3, the modulus 
is severely underestimated due to a very low aspect 
ratio. The flakes are not homogeneous and are in the 
form of bundles of fibres and also presence of loose 
fibres in the moulded plates is observed. Hence, it is 
relevant to use the fibre diameter  to calculate the 
aspect ratio. Since the pattern of the reinforcement 
(weave pattern) is preserved in the flakes, the 
modulus of the combined fibre-matrix system can be 
assumed approximately equal to the parent laminate 
(locally within a flake) as given in the Table 2. 

Upon calculation, the modulus value resulted in 
around 5168 MPa for an aspect ratio ( / ) of 1600. 
It corresponds quite close to the experimental value 
obtained. It is worth to note that the actual situation 
inside the specimen is violated greatly from the 
assumptions in the model. Further investigation is 
required to refine the model according to the system 
under study. A more detailed comparison of values 
is given in section 6. 

5.2 Strength Approximation 

Strength prediction is not straightforward and is 
greatly influenced by the inhomogeneities in the 
material, stress concentrations [13] fibre/fibre 
interactions [12], stacking pattern and shape of 
flakes [14]. These give rise to the actual mechanism 
of failure. The failure is primarily due to interface 
failure, resin pocket/matrix failure or flake rupture. 
The knowledge of the failure mechanism plays a 
critical role in the strength prediction. 

The Kelly-Tyson [11] model of load transfer in 
discontinuous systems is widely accepted and is 
used for predicting the strength in this section. The 
major assumptions involved are perfectly bonded 
interface, perfectly plastic matrix and no stress 
transfer takes place in the end faces of the 
reinforcements. 

The average longitudinal stress of a discontinuous 
system can be approximated by the rule of mixtures 
as follows: 

	 1 	…        Eq. 1 

Where the subscript notations are similar to the ones 
used in section 5.1 for the modulus approximation. 
Here 	  denotes an average stress in the flakes, 
given by the area under the curve show in the lower 
quadrants of Figure 1 and  denotes the matrix 
stress at failure. 

Since the reinforcements have different lengths and 
orientations, the average stress in the reinforcement 
can be modified by correction factors ,  where 
the subscripts refer to the length and orientation. 
Based on Kelly’s model, 	  is a function of the 
critical length and the flake length distribution and 

 is a function of the orientation distribution [23]. 
The average stress 	in Eq. 1 can be replaced by the 
product 	.	The values for the factors are as 
below: 

1
2

; 													

1
2

; 	 		
 

 

 
 
 

…Eq. 2

where,   
 
and    
 

…Eq. 3

The component of stress borne by the flakes larger 
than the critical length is given by Eq.2 (a) and less 
than the critical length is given by Eq.2 (b). Since 
there exists a distribution of length of the flakes, the 
contributions can be summed over the entire domain 
of .		 	is the critical length and is dependent on the 
material-combination. The superscript  specifies 
that it is the ultimate property value.  denotes the 
thickness of the flake and  denotes the interfacial 
shear strength of the interface. Using the Von Mises 
criterion, the shear strength of the matrix is 
approximated at the yield stress of the matrix, with 

/√3, a typical value is given in Table 3. 

Assuming uniformly distributed flakes based on the 
experimentally observed in-plane isotropic 
behaviour, the orientation efficiency factor		  can 
be assigned a value of  1/ , having equal 
probability over the range of  radians. 

In section 4.1 it was observed that the length of the 
flakes is not constant but is distributed over a range 
of values. Consider  being a lognormally 
distributed probability density function of the length 
of the flakes such that: 

1

√2
 

 
…Eq. 4

and 

1 
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where  is the standard deviation and  is the mean 
value. The lognormal distribution can be perceived 
as the values of 	  are normally distributed in the log 
space. 

Upon using the distribution of flake lengths Eq.4. in 
Eq. 2. The overall  can be obtained as: 

 

2
 

 

												 1
2

 

 

 
 
 
 
 
 

…Eq. 5

Where, 

	 	  

 

 

It can be noted from Eq. 5 that the integrations are 
done over the ranges specified in Eq.2 (a) and (b) 
between the measured lower bound length  and 
upper bound length  of the flakes. The averaging 
process in Eq. 5 is shown in figure 14 pictorially. 
The typical values used for the calculations are 
shown in Table 3. 

Parameter Value Units 
 325  MPa 

 0.6†  mm 
/√3 7.5/√ 3 * MPa 

 A:41 B:39** MPa 
	 	  0.325† - 
	 	  0.28† - 
 22.51 mm 

*   Typical value for TPU 
** Experimentally observed value at the fracture strain 
†   Measured values 

Table 3. Typical values used in the calculations. 

6 Discussion 

The typical values of the experimentally determined 
average strength and stiffness are shown in Table 4. 
Since negligible difference was observed between 
different orientations and class sizes. The values are 
averaged over the entire specimen set. The table also 
shows the calculated values from the analytical 
model discussed in section 5. The values are quite 
representative in-spite of the presence of loose 
particles in the system. The deviation in the values is 
caused due to multitude of possibilities such as 

complex stress interactions and mixed failure modes. 
Presence of loose fibres could bridge a crack and 
could provide local strengthening. Taking into 
account such phenomena including the orientation 
effects of the flakes, a more appropriate model can 
be developed further in future. 

Some reference values for non-woven glass-mat, 
short and long fibre composites were obtained from 
[24]. It gives a comparative position of F-RC amidst 
other discontinuous reinforced composites. The 
matrix chosen for comparison was based on 
closeness to the TPU in mechanical properties 
among the others. A similar volume fraction of 
fibres of around 30% was chosen for comparison. 
On comparison the glass-mat with a polypropylene 
(PP) matrix has modulus around 5 GPa and strength 
around 75 MPa for a material density of 1.13 g/cm3. 
On the other hand, a SFRC with a PP matrix has a 
modulus of 6 GPa and strength of 55 MPa for a 
material density of 1.15 g/cm3. It can be seen from 
comparison that the E-modulus is close to the 
reference values and the strength increases 
significantly with reinforcement length.  

By properly tuning the geometrical properties of the 
flakes, overlap between the flakes and interface 
properties, and by reducing the voids and resin 
pockets, a potential of achieving much better 
mechanical properties is expected.  

7 Conclusions 

An experimental investigation was carried out to 
characterise the mechanical behaviour of flake 
reinforced thermoplastic composite plates under 
uniaxial tension. Instead of granulating or chopping 
composite scrap into a short fibre compound, the 
scrap was ground in the form of flakes to potentially 
provide a two dimensional reinforcement in the 
flake-scale. The size of the flakes was varied 
between plate samples to investigate its effect. The 

Material Density 

(g/cm3) 

E Modulus 

(GPa) 

Strength 

(MPa) 

 
Type A 1.59    5.82   41.24 

Type B 1.64    5.48   39.58 

Calculated -    5.16   A : 34.57 
  B : 39.20 

 
Table 4 Typical properties measured and calculated 

for F-RC plate specimens  
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relative distance between the mean size of the flakes 
corresponding to different size classes was found to 
be not far apart. Moreover, there was a considerable 
spread in the size distribution of the flakes within 
each class. Consequently the mechanical properties 
were found to be in the same order between different 
plate samples with varying flake sizes and less when 
compared to the parent. The experimental results 
also show that the randomness in the flakes’ 
orientation gives rise to an in-plane isotropic 
behaviour. The analytical model incorporating the 
measured flake size distribution provided 
considerably close results for the stiffness and in the 
case of strength, other effects such as overlap, crack 
bridging, orientation of flakes have to be included in 
the model for a more conclusive result. Further 
investigations on the fibre matrix adhesion with 
respect to the processing conditions are necessary 
for a critical evaluation of the failure initiation. A 
parametric analysis of the effects of flakes has to be 
carried out in future for a more critical evaluation of 
the influential parameters. In a practical perspective, 
by analyzing the behaviour of the flakes in the F-
RC, the processing of recycled composites can be 
further improved. 
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Fig. 1. Load transfer mechanism in a short fibre of length 
’l’ along its length (x-axis). The dotted lines show another 
case where fibre is shorter than critical length and 
subjected to a smaller load. 
 

Fig. 2(a). Glass/TPU Type A flakes. 
 

 

Fig. 2(b). Glass/TPU Type B flakes. 
 

 
Fig. 3. Glass/TPU Type A plate showing the specimen 

orientations. 
 

 

Fig. 4. Thresholded image of flakes. 
 

 
Fig. 5. Lognormal distribution of flake size/length. 
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Fig. 6. Volume fraction of fibres of type A and type B 
tensile specimens, X denotes mixed class. 

 

 
Fig. 7. Micrographs of the F-RC showing (before testing) 
a: matrix micro-cracks, b: fibre-matrix interface 
debonding. 

 

 
Fig. 8. Stress strain plot showing distinct behaviour. 

 

 
Fig. 9. Fracture in tensile two different specimens (bottom 
9(a), top 9(b)), arrows point the strain localisation, dotted 
lines envelope the fracture path. 

 

 

Fig. 10. (a), (b) E-Modulus and maximum strength of 
Type A F-RC specimens. 

 

2 mm

a 

b 
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Fig. 11. (a), (b) E-Modulus and maximum strength of 

Type B F-RC specimens. 
 

Fig. 12. SEM images of fracture surfaces. 
 

Fig. 13. Flake-matrix system. (top) flake with principle 
directions; (middle) sample F-RC place; (bottom) detailed 
view showing the cross sections of the flakes (fibre 
bundles within the flakes are not shown for brevity) and 
the presence of loose fibres (non-ideal system) in the 
matrix. A tensile load case is also shown. 

 
Fig. 14. Average stress borne by flakes of different length. 

(Section 5.2) 
 

12(b) Poor adhesion, and 
interface failure. 

12(a) Good 
adhesion with 

visible yield lips. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

Nowadays the polymer based composite materials 

attract more and more attentions. The aim of the 

researchers is to replace the metal parts with these 

modern materials in numerous applications, because 

the polymers have several advantages (light weight, 

corrosion resistance and easy processability). 

Therefore in this field, the major part of the 

researches dealing with the fiber reinforced 

polymeric materials, which have similar or higher 

tensile strength than steel. But not only the 

mechanical properties, but the thermal properties of 

metals are better than polymers have. In several 

cases it is crucial to utilize materials, which have 

high thermal conductivity and are electrical 

insulators. Many examples can be found in the 

electronics [1-6]. 

It is well known that the polymers are good thermal 

insulators. Their thermal conductivity is about 

0.1...0.5 W/mK. The thermal conductivity of the 

unfilled polymers is strongly affected by their 

crystallinity. Thus amorphous polymers belongs to 

the lower range, such as PMMA (polymethyl-

methacrylate), PC (poly-carbonate) and PS (poly-

styrene), and highly crystalline polymers, such as 

HDPE (high-density poly-ethylene) belong to the 

upper range [7, 8]. 

Adding fillers to plastics, for example carbon based, 

metallic or ceramic fillers, the thermal behavior of 

polymers can be increased significantly. 

Furthermore the thermal properties depend on 

several factors: the filler concentration, the ratio 

between the properties of the components, the size 

and the shape of the filler particles, the 

manufacturing process and the filler matrix 

interactions [7]. Among the fillers, the carbon based 

ones seem to be the best promising, because of their 

high thermal conductivity, low density and relative 

low cost. Traditional carbon-based fillers are the 

carbon black (CB), the graphite and the carbon fiber 

(CF). Beyond that nowadays the carbon nanotube 

(CNT) and graphene are in the focus of the 

researches, which promises by far the best 

properties. The drawback of these fillers are that the 

composites will be not only thermally, but 

electrically conductive [7, 9]. When dielectric 

behavior is important, ceramic fillers should be used 

such as boron-nitride (BN), silicon carbide (SiC) or 

aluminum-oxide (Al2O3). The ceramic filled 

polymer composites are important mainly in 

electronic application [7, 10]. Metallic particles (for 

example copper, silver and aluminum powder) 

increase the thermal conductivity and also the 

electrical conductivity of the polymer compounds. 

The disadvantage of the metallic fillers is the high 

density, thus it limits the applicability when 

lightweight is required [7, 11].  

Thermally conductive polymer composites offer new 

possibilities for replacing metal parts in several 

applications: power electronics, electric motors, 

generators, heat exchangers, microelectronics, and 

many others, thanks to the polymer advantages such 

as light weight, corrosion resistance and ease the 

processability. In some instruments, such as LED 

lamps or memory chips, the efficient heat dissipation 

is necessary. The generated heat can raise the 

temperature of the device and over the critical 

temperature lifespan decreases significantly or the 

instrument may be damaged. 

To achieve a sufficient level of thermal conductivity 

coefficient in conductive polymer composites, 

usually higher than 30 vol% filler is necessary. This 
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high filler content generate an unavoidable 

processing challenge, because the viscosity of the 

compounds increases significantly. Thus the 

extrusion and injection molding limit the amount of 

fillers and the maximal achievable thermal 

conductivity. Moreover, high filler loading 

dramatically changes the mechanical behaviors and 

density [12]. 

According the researches higher efficiency can be 

reached by using two or more different fillers in the 

same composite material obtain the synergetic effect 

between the particles [5-6]. It is an efficient method, 

to improve the thermal conductivity while using the 

same amount of filler. Teng et al. [13] investigated 

the hybrid effect between boron nitride and multi-

walled carbon nanotubes in epoxy based composite. 

They found that hybrid fillers provide 740% increase 

in thermal conductivity of epoxy resin (1.9 W/mK), 

using 30 vol% boron nitride and 1 vol% MWCNT. 

Yang and Gu [14] investigated the effect of hybrid 

carbon nanotubes and silane-modified silicon 

carbide fillers on the thermal conductivity 

enhancement of epoxy nanocomposite. They 

established that a hybrid filler system could provide 

a synergistic effect and also reduces costs. 

In this work the aim was to analyze the synergetic 

effect between the talc and boron-nitride as hybrid 

filler for thermal conductivity enhancement. Further 

aim was to investigate the applicability of the 

compounds, thus the change in mechanical 

properties, the flowing behavior and the 

crystallinity. 

2 Materials and methods 

In the experiments the thermoplastic matrix material 

was H145 F homo-polypropylene (PP) (Tiszai Vegyi 

Kombinát Nyrt., Hungary). As filler hexagonal 

boron nitride (BN) (grade A 01; H.C.Starck GmbH, 

Germany) and talc (Novia Kft., Hungary) was 

selected. The thermal conductivity coefficients of 

the fillers are respectively about 60 and 10 W/mK. 

In the polypropylene matrix material different 

amount of boron-nitride and talc was filled, while 

keeping the total filler content of 30 V%. The matrix 

material and the fillers were compounded with 

LabTech scientific twin screw extruder at 220°C and 

30 rpm. The diameter of the screws is 26 mm, and 

the L/D relation is 40. After that 80x80x2 mm 

samples produced with injection molding on an 

Arburg Allrounder 370s 700-290 injection molding 

machine. The injection molding parameters can be 

seen in Table 1. 

 

Parameters Value 

Injection volume 49 cm
3
 

Injection rate 50 cm
3
/s 

Switch-over point 12 cm
3
 

Holding pressure 
80% of 

injection pressure 

Holding time 20 s 

Cooling time 10 s 

Clamping force 650 kN 

Screw rotation speed 15 min
-1

 

Temperature profile 
200-195-190- 

185-180°C 

Mold temperature 50°C 

Table 1. Injection molding parameters 

 

To characterize the processability and compare the 

flow behavior of the composite materials, their melt 

flow rate was determined on CEAST 7027.000 

capillary rheometer. The measurement was 

performed according to the EN ISO 1133:2005 

standard. On the samples mechanical (tensile test) 

and thermal analysis (thermal conductivity and DSC 

measurements) were also performed. The 

mechanical tests were performed on Zwick Z020 

tensile test machine using a cross-head speed of 

2 mm/min. Charpy impact strength was measured by 

using a Ceast Resil Impactor Junior impact testing 

machine equipped with a 2 J hammer. The result 

was determined with the following equation (Eq. 1.): 

 
310

hb

W
a B

cU   (1) 

where acU [kJ/m
2
] is the Charpy impact strength, h 

[mm] is the height and b [mm] is the width of the 

specimen, WB [J] is the energy at break. 

The thermal conductivity measurement was 

performed according to transient hot plate method 

on a single specimen apparatus. The lower plate of 

the apparatus was cooled by four Peltier cells. The 

upper plate was heated by heating wire. The 

temperature was measured with 4 thermistors (Fig. 

1.). The thermal contact resistance between the 

plates and the specimen was minimized by using 

ceramic filled thermally conductive grease. The 

point of the process is to reach a steady state 

condition in heat flow, thus simplifying the 
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measurement to a one-dimensional case to use the 

Fourier's law (Eq.2) [15]. 

  

12 TT

L

S

P ,  (2) 

where λ [W/mK] is the thermal conductivity of the 

sample, P [W] is the electrical power, S [m
2
] is the 

cross section area and L [m] is the thickness of the 

specimen, T1 [K] is the temperature of the cold plate 

and T2 [K] is the temperature of the hot plate. 

 
Fig. 1. Hot-Plate apparatus 

 

The crystallinity of the samples was determined with 

Differential Scanning Calorimetry (DSC) 

measurements on TA DSC Q2000 calorimeter. A 

heating/cooling/heating scan cycle was used at a 

heating and cooling rate of 10°C/min between 25 

and 225°C. The crystallinity was determined by Eq. 

3. 

  
)1(f

ccm

H

HH
X ,  (3) 

where ΔHm [J/g] is the enthalpy at melting point, 

ΔHcc [J/g] is the enthalpy of cold crystallization, ΔHf 

[J/g] is the enthalpy of the fully crystalline polymer 

and φ [m%] is the mass fraction of the filler [16]. 

According to the literature the theoretical value of 

ΔHf for the polypropylene is 165 J/g [17]. Finally the 

size and the shape of the fillers were investigated 

with Scanning Electron Microscop (SEM) (Jeol JSM 

6380LA). 

3 Results and discussion 

According to the SEM analysis the talc and boron-

nitride have a plate-like shape. The average size of 

boron-nitride particles is under 10 μm but particles 

in the nanometer range can also be found but in the 

aggregates. The thickness of the plates is in the 

nanometer range. The average particle size of talc is 

between 5 and 50 μm which is higher than that of 

the BN, while the thickness of the particles is also in 

the micrometer range, although the individual plates 

are thinner than one micrometer. In spite of the 

bigger size of talc particles, the final material could 

contain much smaller particles, as talc is a very soft 

material, and thus high shear during the molding 

process can break them. 

 

Fig. 2. SEM picture of the boron-nitride powder 

 

 

Fig. 3. SEM picture of the talc powder 

 

The SEM pictures of the fracture surfaces (Fig. 4. 

and Fig. 5.) shows that the fillers were smoothly 

dispersed in the matrix material. The surfaces of the 

particles were no modified with coupling agent (like 

silane surface modifier) thus stronger adhesion and 

in this way better mechanical properties can be 

developed using this kind of additives. However the 

filler content was quite high (30 vol%), large 

aggregates could not be found. Thanks to the high 

filler content particles could form a conductive 

network in the compound through the wall thickness 

of the products and this way the thermal 

conductivity can be improved more efficiently. The 
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compound is densely packed, the interparticle 

distance is small and thus the particles could make 

contacts with each other. As Fig. 5. shows in the 

extruder and in the injection molding machine the 

high shear rate do not break the soft talc powder. 

Thus the size different of the fillers in the hybrid 

material can improve the synergetic effect. 

 

Fig. 4. SEM picture of the polypropylene/boron-

nitride compound 

 

 

Fig. 5. SEM picture of the polypropylene/boron-

nitride compound 

 

The fillers have a great influence on the flowing 

behavior of the polymer materials. Increasing the 

filler content the viscosity of the material increasing 

also. This phenomenon can worsen the processing of 

the material, such as injection molding and 

extrusion. With the MVR measurement the 

compounds can be characterized aspect of the 

processability. The MVR values of the single and 

hybrid filled compounds is shown on Fig. 6. The 

melt volume rate of the unfilled polypropylene is 

44 cm
3
/10min. Filling 30 vol% talc into the matrix, 

the MVR decrease to 11.8 cm
3
/10min and at the case 

of 30 vol% boron-nitride this value is only 

2.5 cm
3
/10min. Boron-nitride and talc as hybrid 

filler has a negative hybrid effect to the viscosity. 

The compound, containing 20 vol% BN and 

10 vol% talc has lower MVR value 

(1.65 cm
3
/10min) than that of the 30 vol% boron-

nitride filled PP.  
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Fig. 6. Melt volume rate of the compounds (melt 

temperature: 230°C, load weight: 2.16 kg) 

 

To characterize the changes in mechanical properties 

of the compounds, quasistatic and dynamic tests 

were performed. The results of tensile test (as 

quasistatic test) can be seen on Fig. 7. and Fig. 8. In 

comparison to the unfilled polypropylene, the 

particle filled compounds have significant smaller 

tensile strength. The unfilled PP tensile strength 

(31.9 MPa) decreased by 6-10 MPa by adding 

30 vol% filler.  
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Fig. 7. Tensile strength of the compounds 
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The tensile modulus shows reverse tendency (Fig. 

8.). Adding fillers to the polypropylene, the modulus 

increased significantly. While the unfilled H145 F 

PP has 2.1 GPa tensile modulus, the PP/10 V% BN 

20 V% talc compound has three times higher 

(6 GPa) modulus. It means that the particles as 

reinforcement raise the compounds rigidness. 

Furthermore it was found that BN has better 

reinforcing effect than talc. Filling 30 V% talc into 

the matrix, the modulus increased by 2.8 GPa, and 

using the same amount of BN, it increased by 

3.7 GPa. In addition using hybrid fillers higher 

reinforcing effect can be achieved. It means that 

synergetic effect exists between talc and BN. 
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Fig. 8. Tensile modulus of the compounds 

 

As the typical loads of the polymer parts have 

dynamic characteristic, charpy tests were also 

performed. The results of the measurements can be 

seen on Fig. 9. The unfilled H145 F polypropylene 

has 72 kJ/m
2
 impact strengths. Adding 30 V% talc to 

the matrix, a significant drop can be observed, as the 

impact strength lowered to the tenth of the unfilled 

polypropylene. This drop is much more remarkable 

than the drop in the tensile strength. The most rigid 

material of the compounds is the polypropylene 

containing 20 V% BN and 10 V% talc of which 

impact strength is only 3.6 kJ/m
2
. The results show 

that in contrast the tensile modulus, in the impact 

strength the hybrid material has negative synergetic 

behavior. 

0
1
2
3
4
5
6
7
8
9

10

PP 

BN_0

talc_30

PP

BN_10

talc_20

PP

BN_20

talc_10

PP

BN_30

talc_0

Im
p

a
c
t 

st
r
e
n

g
th

 [
k

J
/m

2
]

 

Fig. 9. Impact strength of the single filled and hybrid 

materials 

 

Further positive hybrid effect can be appointed 

between the talc and boron-nitride by analyzing the 

thermal properties of the single filled and hybrid 

filled compounds. The PP based compound, 

containing 20 V% BN and 10 V% talc has also the 

highest thermal conductivity, higher than the 30 V% 

BN compound has. It can be explained with the size 

effect: smaller boron-nitride particles help to 

established more contact between the larger talc 

particles to obtain higher thermal conductivity 

coefficient. in this way the price of the product can 

be lowered by using hybrid filler in addition higher 

thermal conductivity can be obtained. Furthermore 

the improved thermal conductivity shortens the 

cycle time as the molded product cools faster. Thus 

the production will be more efficient and economic. 
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Fig. 10. Thermal conductivity of the single filled and 

the hybrid materials 

 

The crystallinity of the injection molded samples 

was also investigated. The crystallinity significantly 

depends on the cooling rate in the mold. The higher 
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the cooling rate is, the lower the arisen amount of 

crystals. This phenomenon is shown in Table 2. and 

on Fig. 11. During the DSC measurement, where the 

heating and cooling rate was 10°C/min, both of the 

fillers (boron-nitride and talc) shows good 

nucleating agent behavior. The crystallinity of the 

unfilled PP is 62.6%. Adding 30 vol% BN and talc 

the crystallinity increased by 3-4%. According to 

Fig. 11. it can be established that during injection 

molding less crystals can be arisen when using 

fillers with higher thermal conductivity, because the 

cooling rate is higher in the specimens. This 

phenomenon can worsen the nucleating effect of the 

fillers. As the unfilled PP crystallinity is 66.7% after 

injection molding, 30 vol% talc increased it by 9%. 

Adding 30 vol% BN, the crystallinity decreased by 

4%. The thermal conductivity of the talc is about 2-

10 W/mK [18], and its value of the boron-nitride is 

60-65 W/mK [19]. It shows the theory, that the 

filler, which has higher thermal conductivity lower 

the crystallinity on account of the higher cooling 

rate.  

Material 
X St.dev 

[%] [%] 

H145 F 62.64 0.13 

H145 F + 30talc 66.42 1.71 

H145 F + 20t/10BN 57.28 0.65 

H145 F + 10t/20BN 58.28 0.15 

H145 F + 30BN 64.88 2.28 

Table 2. Crystallinity of the samples using 10°C/min 

heating and cooling rate 
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Fig. 11. Crystallinity of the samples after injection 

molding 

 

Conclusion 

In this study the effect of the hybridized fillers on 

the thermal and mechanical properties of polymer 

compounds was analyzed. The matrix material was a 

homo-polypropylene and the fillers were hexagonal 

boron-nitride and talc. Both of the fillers are relative 

soft material, thus it can not damage the processing 

machines. The compounds were prepared with a 

twin screw extruder and the 80x80x2 mm plate like 

samples were injection molded for the tests. 

According to the SEM analysis talc and boron-

nitride have plate-like shape. The average size of the 

boron-nitride is smaller (under 10 μm), than that of 

the talc (5-50 μm), thus they can act as efficient 

hybrid fillers. The pictures of the fracture surface of 

compounds show even filler distribution and bigger 

aggregates can not be discovered. The compounds 

are densely packed (filler content is 30 vol%) thus 

particles could form a conductive network in the 

compound through the wall thickness of the products 

and improve the thermal conductivity more 

efficiently. 

The MVR measurements show the change in the 

flowing behavior of the compounds and represent its 

processability. The 44 cm
3
/10min MVR of the 

unfilled polypropylene decreased by 36 cm
3
/10min 

filling 30 vol% talc into the matrix and by 

41.4 cm
3
/10min adding 30 vol% BN. Furthermore 

boron-nitride and talc hybrid filler has a negative 

hybrid effect to the viscosity.  

Quasistatic and dynamic tests were also performed 

to characterize the mechanical properties of the 

materials. The unfilled PP tensile strength 

(31.9 MPa) decreased by 6-10 MPa by adding 

30 vol% filler. In contrast to the tensile strength 

adding fillers to the polypropylene, the modulus 

increased significantly. It was found that BN has 

better reinforcing effect than talc. Furthermore a 

synergetic effect between the talc and boron-nitride 

was shown. Charpy tests (as dynamic test) were also 

performed. 30 V% talc to the matrix, a significant 

drop can be observed, as the impact strength lowered 

to the tenth of the unfilled polypropylene. 

Further positive hybrid effect was appointed 

between the talc and boron-nitride regarding to the 

thermal conductivity. The thermal conductivity 

coefficient was determined with a hot-plate 

apparatus. The compound containing 20 V% BN and 

10 V% talc (1.22 W/mK) has higher thermal 
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conductivity than the 30 V% BN (1.14 W/mK) 

compound has. It can be explained with the size 

effect. Further benefit of the hybridization is the 

shorter cycle time and the cost efficiency.  

The crystallinity of the compounds was determined 

with DSC measurements. As a result, talc and also 

boron-nitride show an efficient nucleating agent 

behavior, when the heating and cooling rate was 

10°C/min. Analyzing the effect of the injection 

molding, when the cooling rate was very high, lower 

crystallinity was developed. It can be established 

when using fillers with higher thermal conductivity 

and the cooling rate is also high, lower crystallinity 

can be arisen. This phenomenon can worsen the 

nucleating efficiency of the fillers. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

During the last few years, polypropylene (PP) 

incorporated with particulate fillers has been gained 

high interests. Since as well known, PP not only 

exhibits excellent stiffness property and environment 

adaptability, but also has a good processability 

allowing accepting different types of fillers. It is 

known that the fillers are the most often used 

materials to reduce the production costs and 

optimize the production properties such as rigidity, 

strength, dimensional stability, crystallinity, 

electrical, thermal conductivity and so on. Although 

fillers also have a detrimental effect on other 

properties of filler reinforced thermoplastics such as 

the impact properties and deformability, 

incorporating fillers can help to increase the 

application areas of polypropylene [1-4].  

 

On the other hand, owing to low prices, low density, 

ecological and economical advantage, less health 

hazards, and the steadily rising performance of 

technical and standard plastics, the demand for 

natural filler incorporate composites has been 

increased in various application areas such as 

automotive components, building materials, and 

electrical engineering. In particularly, more recently, 

the critical discussion about the preservation of 

natural resources and recycling has led to a renewed 

interest concerning natural materials with the focus 

on renewable raw materials. Particularly, in 

automotive field, natural fiber composites are 

promising materials used for interior and exterior 

parts. Not only because they are helpful to reduce 

the overall weight of the vehicle which can increase 

the fuel efficiency, but also they are helpful to keep 

the sustainability of the manufacturing materials. 

Especially in Japan, material contains over 50% of 

biodegradability component is deemed to eco-

materials which can be disposed as combustible 

waste [5-8]. Among all the natural material, wood is 

considered as one of the attractive alternatives for 

reinforcing thermoplastics. The use of wood as 

reinforcement for the composites has received 

increasing attentions recent years both by the 

academic sector and the industry as inexpensive 

filler to increase the mechanical properties and 

thermal stabilities of thermoplastic or to reduce raw 

material costs. Because the wood flour can be 

derived from sawdust, pulp mill wood residue, bark, 

nutshell, and straw. Therefore, as potential 

application, which are furniture components, door 

moldings, floor systems for light frame construction, 

and packaging pallets, wood reinforced 

thermoplastic composites are commercially 

attractive for high volume applications [9-13]. 

 

As a kind of natural fiber, wood primarily consist of: 

cellulose, hemicelluloses, pectin and lignin. 

Therefore, unlike synthetic fibers, although wood 

composites combine good mechanical properties 

with a low specific mass, the high level of moisture 

absorption by natural fibers, and the poor bonding 

properties between natural fiber and matrix would 

potentially have detrimental effects on the natural 

fiber reinforced composites. In addition, as filler 

form, the poor compatibility between reinforcement 

and polymer matrix would also lead to a poor 

distribution and local area concentration. That will 

result in the whole green composite is not satisfied 

the needs of the society at present [14-16]. To 

improve the properties of the composites, natural 

fibers can be modified by physical and chemical 

methods to improve the interfacial and distribution 

properties. Since most natural fiber is heterogeneous 

complex polymer, it provide a high possibility to 

allow that different chemical groups reacting with 

the natural fiber. Moreover, adding some processing 

aids and compatibilizers is also considered as a 

suitable way especially to facilitate the natural filler 

dispersion and induce bond formation between filler 
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and polymer matrix. Another possible ways appears 

to be very important is the fiber hybridization by 

combining two or more different types of fibers in a 

common matrix to get a range of properties that can 

not be obtained with a single kind of reinforcement. 

Combining natural fibers with stronger synthetic 

fibers like glass, carbon, which could offer a better 

optimum balance between performance and cost. 

These composites, which utilize two different types 

of fibers, are termed to hybrid composites. The most 

widely synthetic reinforcement used in hybridization 

is glass fiber because of its high strength, stiffness, 

and corrosion resistance. By incorporation the glass 

fiber into natural fiber composites, the penetration 

resistance and damage tolerance of natural fiber 

reinforced composites could be improved greatly 

[18-20]. In Carlo Santulli’s [21] paper, the impact 

properties of glass/plant fiber hybrid laminates have 

been reviewed, trying to obtain materials with 

sufficient impact properties, whilst retaining a 

reduced cost and a substantial environmental gain. It 

is found that the successful development of 

glass/plant fiber hybrid laminates would benefit 

from fulfilling the following objectives: Introduction 

of a larger (global) volume of fibers in the 

composite; Improved effectiveness of interfaces in 

dissipating impact damage or improved 

intermingling of fibers; Modification of the 

geometry or study of the configurations in order to 

maximize impact properties. S.S. Morye, R.P. Wool 

[18] has reported the mechanical properties of 

glass/flax hybrid composites based on a novel 

modified soybean oil matrix material. The 

mechanical properties of the composites were found 

to depend upon the glass/flax ratio and the 

arrangement of fibers in the composite. On proper 

selection of the arrangement of fibers in the 

composite, the glass fibers and flax fibers were 

found to act synergistically resulting in an improved 

flexural and impact performance. Influence of 

interfacial adhesion on the structural and mechanical 

behavior of PP-banana/glass hybrid composites has 

investigated by Sanjay K. Nayak et al [22]. The rate 

of water absorption for the hybrid composites was 

decreased due to the presence of glass fiber and 

coupling agent. Mechanical tests revealed that the 

mechanical properties of the hybrid composites 

could be improved at certain banana to glass ratio 

and with the coupling agent. Thermal analysis also 

confirmed the enhancement in melting point, 

crystallization temperature, and onset thermal 

degradation temperature. Therefore, from the 

foregoing, it is clearly to understand that the 

production of glass/plant fiber hybrid laminates has 

been explored during recent years, trying to obtain 

materials with sufficient mechanical properties, 

which also maintains a reduced cost and a 

substantial environmental gain.      

 

In this study, 3 kinds of Glass/PP and 3 kinds of 

Wood/PP composites have been fabricated by 

injection process with reinforcement contents of 15, 

30 and 51wt%, respectively. In addition, glass 

fiber/wood powder/pp hybrid composites were 

prepared at a fixed reinforcement to matrix ratio of 

51:49. 4 kinds of hybrid specimens with glass 

fiber/wood powder ratios of 41:10, 31:20, 21:30, and 

11:40 were fabricated. The wood dispersion 

condition was evaluated by modulus prediction 

results and SEM observation results and the glass 

short fiber orientation was examined by fiber 

number counting approach. The effect of 

hybridization content on the mechanical properties 

of the composites was evaluated based on tensile test 

and Izod impact test.  

 

2 Experimental 

2.1 Materials and composite preparation  

Polypropylene, as block polymer, with a melt index 

of 30g/10min (B3050, Idemitsu Kosan Co., Ltd) was 

used as matrix because it is a widely used plastic in 

the automotive industry that can be easily injection 

molded. Glass short fiber (Owens Corning Co., Ltd, 

Japan) and wood powder which is soft wood type 

from cryptomeria japonica (from trees in Hiroshima 

prefecture, Japan) were used as reinforcements to 

fabricate the glass short fiber/wood particle/pp 

dumbbell shape specimens by injection molding 

method. Before injection, wood powder and glass 

short fiber was compounded with PP through 

compounding machine to get wood/pp and glass/pp 

pellets respectively. The compositions of the pellets 

were as same as their final products, and after 

compounding, those pellets were feed into the 

injection machine.  10 kinds of dumbbell shaped 

specimens were prepared as listed in Table.1. In 

details, WP15~WP51 composites were Wood/PP 

contain wood particle contents of 15, 30 and 51wt%, 

respectively. GF15~GF51 composites were Glass/PP 

contain glass short fiber contents of 15, 30 and 

51wt%, respectively. While the last 4 composites 

were glass short fiber/wood particle/pp hybrid 

composites at a fixed reinforcement to matrix ratio 

of 51:49 with glass fiber/wood powder ratios of 
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41:10, 31:20, 21:30, and 11:40. In this study, the 

‘Green degree’ was introduced which defined as the 

weight percentage of natural components in 

composite materials and the equation was shown in 

the following, 

Green degree (%)=(WN/WC)×100
 

(1) 

Where, WN and WC are total weight of natural 

component and total weight of composite, 

respectively. 

 

All of the test pieces were fabricated by using a 30-

ton TOYO PSS TT-30F6 injection molding machine 

at a barrel temperature of between 150-210℃. Here 

should be mentioned that both before compounding 

and injection process, wood powder and pellets 

contain wood were dried in an oven set at 90℃ for at 

least 16 hours to remove the moisture. 

 

Table.1 Material composition 
Specimen 

Code

Glass fiber 

(wt%)

Wood powder 

(wt%)

Polypropylene 

(wt%)

Others 

(wt%)

Green 

degree (%)

WP15 0 15 83 2 15

WP30 0 30 68 2 30

WP51 0 51 47 2 51

GF15 15 0 83 2 0

GF30 30 0 68 2 0

GF51 51 0 47 2 0

GF41-WP10 41 10 47 2 10

GF31-WP20 31 20 47 2 20

GF21-WP30 21 30 47 2 30

GF11-WP40 11 40 47 2 40

Specimen 

Code

Glass fiber 

(wt%)

Wood powder 

(wt%)

Polypropylene 

(wt%)

Others 

(wt%)

Green 

degree (%)

WP15 0 15 83 2 15

WP30 0 30 68 2 30

WP51 0 51 47 2 51

GF15 15 0 83 2 0

GF30 30 0 68 2 0

GF51 51 0 47 2 0

GF41-WP10 41 10 47 2 10

GF31-WP20 31 20 47 2 20

GF21-WP30 21 30 47 2 30

GF11-WP40 11 40 47 2 40  

 

2.2 Tensile test 

For tensile test, the grip length is 115 mm, and strain 

was measured by using a dynamic extensometer 

measurement (Instron, catalogue 2620-601), which 

was fixed onto the central surface of the specimen 

by a rubber band. Tensile test was conducted on an 

Instron Universal Testing Machine (Type 4206) 

under a nominal test speed of 1.0 mm/min in 

accordance with ISO-527. 3 pieces were repeated. 

2.3 Izod impact test 

Izod impact test was performed on the Impact tester 

(Toyoseiki), pendulum 5.5 J in accordance with 

ADTM D 256-05. The size of the specimen was 10 

mm×60 mm, V-notch was used. Five specimens 

were repeated. 

 

3 Experimental results and discussion 

3.1 Mechanical properties of Glass/PP & 

Wood/PP 

Fig.1 shows the tensile stress-strain curves of 

Glass/PP & Wood/PP composites. It was noted that 

for both composites, the stress-strain relationship 

changed from ductile to brittle behavior with the 

increasing of the reinforcement content. However, 

for Glass/PP, this change was very obviously. In 

addition, even incorporating only 15wt% glass short 

fiber, the elongation at break of the Glass/PP 

composite decreased significantly. While for 

Wood/PP, this change happened progressively with 

the increase of the wood particle content.  Fig.2 

shows the tensile modulus and strength of Glass/PP 

& Wood/PP composites. For both composites, the 

tensile modulus and strength increased with the 

increasing of the reinforcement content. It can be 

considered that both glass short fiber and wood 

particle show the reinforced effect to the PP resin in 

the composite structure. However, compared to the 

Glass/PP composite, the increase ratio was much 

lower for Wood/PP composite. In details, the tensile 

modulus of Glass/PP increased 96%, and 204% after 

incorporating 15 and 30wt% glass short fiber, 

respectively. While for Wood/PP composite, the 

increasing ratios were 25% and 64% respectively. 

Particularly, for Wood/PP, the tensile strength 

increased with the increasing of wood content up to 

30wt%. After then, it started to decrease. 
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(b) Tensile stress-strain curves of Wood/PP 

composites 

Fig.1. Tensile stress-strain curves of Glass/PP & 

Wood/PP composites 
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(a) Tensile modulus and strength of Glass/PP 
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Fig.2. Tensile properties of Glass/PP & Wood/PP 

composites 

 

Izod impact properties of Glass/PP & Wood/PP 

composites were presented in fig.3. The Izod 

strength for Glass/PP composite increased with the 

increasing of the glass content, and all Glass/PP 

composites showed higher Izod strength values than 

neat PP. It is considered that the impact energy can 

be transferred from the PP matrix to glass fiber and 

lead to the increase of the impact resistance of the 

material. However, for Wood/PP, it decreased with 

the increasing of the filler content and the Izod 

strength of all Wood/PP composites showed lower 

values than neat PP.  It is apparent that the toughness 

of the composite decreased after incorporating the 

filler. The immobilization of the matrix by the filler 

so that the latter fails to deform before failure is 

considered as one of the reasons leading to the 

decreasing of the Izod strength. Additionally, poor 

wetting of the powder by polypropylene, giving rise 

to poor interfacial adhesion between the filler and 

the polymer matrix resulting in weak interfacial 

regions is also considered one of the reasons.   
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Fig.3. Izod impact properties of Glass/PP & 

Wood/PP composites 

 

SEM observations were carried out to examine the 

wood particle distribution state in Wood/PP 

composite. In this study, in order to give a more 

distinct detection of the wood powder, etching 

process was performed before SEM on the polished 

specimens. CRP-MARS etchant provided from 

Okuno Chemical Industries Co., Ltd was used as 

etching solution. The fracture surface observations 

of wood/PP composite with different wood contents 

after etching process were shown in fig.4, it was 

obviously that after etching, the wood powder was 

etched and left behind lots of voids on the fracture 

surface. Those voids distribution of the specimen 

after etching was considered equal to wood 

distribution. It is obviously that at low wood particle 

content composites (below 30wt% wood content), 

wood powder was distributed uniformly and 

separately in the PP matrix. However, at a high 

wood powder content composite, i.e., 51wt%, wood 

powder agglomerated in some regions and the 

distribution of the powder in PP matrix became 

worse and worse with increasing of the wood 

powder content. It is well known that the type of 

filler, distribution of filler and interaction between 

matrix and filler are the most important factors 

which will affect the mechanical properties of filler 

reinforced composites. In this study, the 

agglomeration of the wood powder, poor dispersion 

of the wood powder in the matrix is considered the 

main reasons which led to the low tensile properties 

at high wood powder content composite. 
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WP15

WP30

WP51  
Fig.4. Fracture surface observations on the polished 

Wood/PP surfaces with different wood contents after 

etching process  

 

3.2 Modulus prediction of filler reinforced 

composites by using Nielsen equation 

The most prominent of physical effects of fillers is 

the stiffening or modulus increase that they caused 

in composites. For particulate filled composites, a 

number of equations for prediction of the modulus 

have been proposed with different methods. In this 

study, the elastic modulus of the wood/PP composite 

was predicted by using Nielsen equation which was 

shown as follows: 

M/M1=(1+ABVf)/(1-BψVf)
 

(2) 

A=KE-1          (3) 

B=(M2/M1-1)/(M2/M1+A) (4) 

ψ=(1-Pf)/Pf
2
×Vf (5) 

Where, M, M1 and M2 are modulus of the composite, 

matrix, and filler respectively; KE is the Einstein 

coefficient; Vf is the fractional filler volume; and Pf 

is the packing fraction of the filler at maximum filler 

concentration. The constant KE accounts for the 

shape of the filler particles and poisson’s ratio of the 

matrix, respectively.  

 

The predicted results for elastic modulus of wood 

powder composites by using Nielsen equation were 

shown in fig.5. It is found that the predicted elastic 

modulus were in good agreement with experimental 

values up to 30wt%. However, after that, as filler 

content increased, Nielsen equation tends to 

overestimate the elastic modulus of the composite. 

That is mainly because that Nielsen equation appears 

to be more relevant to materials with low 

concentrations of non-interactive spheres. Therefore, 

it is considered that the inappropriate predicting 

modulus at high filler content is due to the 

aggregation and poor distribution of the wood 

powder in the PP matrix. This result further 

explained the importance of the well wood 

dispersion in high wood content composite. 
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Fig.5. Correlation between experimental and 

prediction elastic modulus by using Nielsen equation 

 

3.3 Mechanical properties of hybrid composites  

The effect of wood powder content on tensile 

properties of the hybrid composites are plotted in 

fig.6. For tensile modulus (fig.6 (a)), it is noted that 

it was regularly decreased with the increasing of 

wood powder ratio. That is easily to detect because 

the glass fiber owns much higher elastic modulus 

compared to wood powder, at fixed reinforcement 

content, with increasing of wood powder content, 

the glass fiber content decreased. However, it was 

noted that the elastic modulus of the glass short 

fiber/wood particle/pp hybrid composite with 41wt% 

glass short fiber and 10wt% wood powder content 

shows similar value to the Glass/PP composite with 

45wt% glass short fiber. On the other hand, the 

tensile strength which plotted in fig.6 (b) also 

decreased with the increasing of wood powder ratio. 

In particularly, the decrease ratio of the tensile 

strength increased after the wood content attained 

30wt%. That is considered due to the wood powder 

aggregate at high wood content and led to a much 

severer decrease of the strength. 
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(b) Tensile strength of glass short fiber/wood 

particle/pp hybrid composites 

Fig.6. Tensile properties of glass short fiber/wood 

particle/pp hybrid composites 

 

The Izod impact properties of the glass short 

fiber/wood particle/pp hybrid composites were 

shown in fig.7. It is noted that at fixed reinforcement 

content, the Izod strength decreased with the 

decreasing of the glass fiber content.  However, even 

the Izod strength decreased significantly with the 

decreasing of the glass fiber content, it was 

considered with appropriate material design, it is 

still possible to get hybrid material with comparable 

high mechanical properties with high green degree. 

That is because the Izod strength of hybrid 

composite with 30wt% wood powder and 21wt% 

glass short fiber still shows similar value to the neat 

PP. This value of the hybrid composite is even 

higher than that of Wood/PP composite contains 

51wt% wood content. 
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Fig.7. Izod impact properties of glass short 

fiber/wood particle/pp hybrid composites 

 

It is well known that the mechanical properties of 

short fiber reinforced plastics depend on a lot of 

factors including fiber orientation, fiber length 

distribution and so on. In this study, the glass short 

fiber orientation of the hybrid composites was 

measured, and only two main fiber orientation 

directions are considered as 0° and 90° to the flow 

direction, respectively. The wood particle filled 

polymer was regarded as a new effective matrix to 

be reinforced by glass short fiber. Wood and glass 

were uniformly and stochastically distributed in the 

pure polymer matrix [23]. 

 

The glass fiber orientation in this study is measured 

by using SEM observation on a polished section of 

the hybrid composite. An example of the marking 

method was shown in fig.8. The circle shape of the 

glass fiber was defined as 0 degree to the flow 

direction, while the ellipse shape of the glass fiber 

was defined as 90 degree to the flow direction.  

 
0 degree

90 degree

a b  
Fig.8. Marking of glass fibers to define the 

orientation direction of each fiber. The circle marks 

represent glass fibers oriented in 0 degree to the flow 

direction while those oriented in 90 degree are 

marked with ellipse shape: (a) before marking; and 

(b) after marking 

 

The SEM micrograph in fig.9 (a) & fig.10 (a) 

showed the polished fracture surfaces of GF41WP10 

and GF11WP40 hybrid composites. The glass fibers 

were marked as shown in fig.9 (b & c) & fig.10 (b & 
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c) and measured fiber numbers by image J analysis 

software. Results showed that the ratio of glass short  

fiber orientated in 0 degree and 90 degree directions 

were 94% and 6% respectively for GF41WP10 

hybrid composite; 93% and 7% respectively for 

GF31WP20 hybrid composite; 92% and 8% 

respectively for GF21WP30 hybrid composite; and 

88% and 12% respectively for GF11WP40 hybrid 

composite. Compared with the results in the 

previous study, the glass short fiber orientation of 

the Glass/PP composite with 10wt% glass fiber, the 

ratios of glass fiber orientated in 0 degree and 90 

degree directions were 90% and 10%, respectively. 

This result indicted that incorporating glass fiber 

into Wood/PP system didn’t affect the glass short 

fiber orientation significantly.  

 

GF41WP10

GF41WP10-glass fiber in 0 degree direction 

GF41WP10-glass fiber in 90 degree direction 

a

b

c

 
Fig.9. SEM micrograph of fracture surface of 

GF41WP10 hybrid composite: (a) polished fracture 

surface of GF41WP10; (b) circle shape marks 

represent glass fibers oriented in 0 degree to the flow 

direction; (c) ellipse shape marks represent glass 

fibers oriented in 90 degree 

 

GF11WP40

GF11WP40-glass fiber in 0 degree direction 

GF11WP40-glass fiber in 90 degree direction 

a

b

c

 
Fig.10. SEM micrograph of fracture surface of 

GF11WP40 hybrid composite: (a) polished fracture 

surface of GF11WP40; (b) circle shape marks 

represent glass fibers oriented in 0 degree to the flow 

direction; (c) ellipse shape marks represent glass 

fibers oriented in 90 degree 

 

4 Conclusion 

In this study, 3 kinds of Glass/PP, 3 kinds of 

Wood/PP composites and 4 kinds of glass short 

fiber/wood particle/pp hybrid composites were 

fabricated by injection molding process. The wood 

dispersion condition was evaluated by modulus 

prediction results and SEM observation results and 

the glass short fiber orientation was examined by 

fiber number counting approach. The effect of 

hybridization content on the mechanical properties 

of the composites was evaluated based on tensile test 

and Izod impact test. 

 

Results showed that for Wood/PP composite, the 

tensile properties increased much more slowly with 

the increasing of the wood content after the wood 

content over 30wt%, especially for the tensile 

strength, which even decreased. The agglomeration 

of the wood powder, poor dispersion of the wood 

powder in the matrix is considered the main reasons. 

In addition, at fixed glass short fiber/wood particle 

content, the mechanical property of the hybrid 

composite was regularly decreased with the decrease 

of glass fiber ratio. The decrease ratio of the tensile 

strength increased after the wood content attained 
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30wt%. That is considered due to the wood 

aggregate at high wood content and led to a much 

severer decrease of the strength. In particularly, it is 

noted that incorporating glass fiber into Wood/PP 

system didn’t affect the glass short fiber orientation 

significantly. 
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1. Introduction 
In recent years, the use of carbon fiber reinforced 
plastics (CFRP) has increased considerably 
especially in aerospace industries. Nowadays, many 
aircraft parts are made of composites. For example, 
about 50% of the weight of the Boeing 787 aircraft 
is made from composite materials such as 
carbon/epoxy and graphite/ titanium [1]. CFRP 
composites are widely used for different parts of 
aircrafts such as wing boxes, fuselage, ailerons, 
wing, spoilers, vertical stabilizers, traps and struts 
[2]. CFRP materials have many advantages 
compared to other materials. They have higher 
strength and stiffness, a longer fatigue life, a low 
density and better corrosion and wear resistances. 
Because of a negative coefficient of thermal 
expansion along the axis of carbon fibers, carbon 
reinforced composites can be patterned to minimize 
the thermal expansion over a wide range of 

temperatures. This is very important for aerospace 
structures [3].  
CFRP components are usually produced to near net-
shape but machining is often required to remove the 
excess of material and produce high quality surfaces 
with controlled tolerances. In particular, drilling and 
trimming are extensively used to remove excessive 
material, produce cutouts, or holes that are required 
for the product function or components assembly. 
High precision surface milling of Carbon Fiber 
Reinforced Plastics particularly finds its applications 
for the assembly of complex components requiring 
accurate mating surfaces, but also for the surface 
repair or mold finishing. Surface milling of CFRP is 
a challenging operation because of the heterogeneity 
and anisotropic nature of these composites, which is 
the source of some damages such as delamination, 
fibers pullout, fiber-fragmentation, burring, fuzzing, 
or thermally affected matrix which may affect the 

surface finish and properties of the material [4, 5]. In 
addition, these composites are extremely abrasive 
and tool wear is one of the major problems 
encountered in CFRP machining. Poor cutting 
conditions produce increased specific cutting 
energies and higher tool temperatures, thus resulting 
in higher tool wear rates [6]. Therefore, choosing the 
appropriate conditions such as feed rate, cutting 
speed, and lead angle in the case of multi axis 
machining becomes very important. 
In recent years, many studies have been carried out 
to provide a better understanding about the effects of 
cutting conditions in CFRP machining on the quality 
of machined surfaces. 
Devim and Reis[7]investigated the effects of milling 
parameters on surface roughness and machining 
damage. They concluded that the surface roughness 
(Ra) increases with feed rate and decreases with 
cutting speed.  It was also found that feed rate 

presents the highest statistical and physical influence 
on surface roughness and on delamination factor, 
respectively. In another study, El-Hofy et al. [8] 
investigated the effects of different slotting 
parameters such as tool materials (WC & PCD) and 
cutting environment (chilled air& dry) on the surface 
roughness and integrity using 3D roughness 
parameters (Sa and St). According to the results of 
their research, the combination of low cutting speeds 
and high feed rates was recommended in view of 
improving surface roughness, with feed rate being a 
significant factor. The effect of feed rate on surface 
roughness was also found to be significant from the 
study that was carried out by Chatelain et al [9]. 
Sheikh-Ahmad et al. [10] carried out an 
experimental study to determine the effects of 
cutting conditions on machining quality during edge 
trimming of CFRP. They demonstrated that the 
surface roughness and average delamination depth
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increase with an increase in feed rate and decreases 
with an increase in spindle speed.  
Cutting forces are one of the important factors in 
machining that influence the process stability, part 
quality, cutting temperature, and tool wearing 
condition [11]. Colligan and Ramulu [12] studied 
the edge trimming of graphite/ epoxy with diamond 
abrasive cutters and demonstrated that cutting forces 
increase with material removal rate (MRR), 
expressed as follow: 

푀푅푅 = 푉 × 푓 × 푑                                                 (1) 

Where, V is cutting speed, f is feed rate and d is 
depth of cut.  
The Sreejith et al.’s [13] experiments regarding face 
turning of FRP showed that the variation of cutting 
forces/ specific cutting pressure is not uniform over 
the cutting speed and the moderate cutting speeds 
(200-300 m/min) were more suited for machining of 
CFRP. Zhang [14] investigated the machining of 
long fiber reinforced polymer matrix composite and 
found that cutting forces became greater with depth 
of cut increase. Rusinek [15] studied the milling 
process of CFRP and concluded that cutting force 
rises with increasing of feed rate. Wang et al. [16] 
studied CFRP milling using a PCD tool and showed 
that good surface quality and low delamination 
could be achieved in high speed milling of CFRP by 
using PCD tool. They found that cutting forces are 
an important factor for controlling surface 
roughness. It was also observed that surface 
roughness became worst with the increase of up to 
250 N in cutting forces, and decreased with the 
increase of cutting forces over 250 N. 
The lead angle is the rotation of the tool axis about 
the cross-feed axis [17] (Fig. 1). This angle has a 
significant effect on process mechanics and 
dynamics, which have not been studied in CFRP 
milling until now. The study of the effect of lead 
angle in metal milling showed that the cutting 
geometry, mechanics, and dynamics vary drastically 
and non-linearly with lead angle [17]. 
In spite of the many research works that have been 
carried out for better understanding of machining of 
fiber reinforced polymers, there are still many 
challenges with CFRP machining. This work 
presents some experiments that have been carried 
out on CFRP to study the optimum condition of 
multi-axis milling of these materials and investigate 

the effects of different parameters such as the cutting 
speed, the feed rate, and the lead angle on the 
resulting cutting forces, surface quality, and 
machining damages.  

 

2 Methodology  
In order to provide better understanding about the 
effects of machining parameters on surface quality 
and cutting forces, a set of experiments was carried 
out.  
 

 

 
Fig. 1. Experimental setup for machining of CFRP 
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A high performance carbon fiber epoxy prepreg 
having a fiber volume content of 64% was used to 
produce stacks of 24 plies that were autoclave-cured 
to give composite plates having a final average 
thickness of approximately 3.5 mm.  
Quasi-isotopic laminates are an important class of 
composites and most familiar to the aerospace 
industries [18].The symmetric stacking sequence 
[(90˚,-45˚,45˚,0˚,45˚,-45˚,45˚,-45˚,0˚,-45˚,45˚,90˚)] 
of the plies was such as to provide a laminate with 
in-plane quasi-isotropic properties.  
The experiments were carried out using a Huron 
K2X8 five-axis CNC machine with a maximum 
spindle speed of 24,000 rpm under different cutting 
speeds, feed rates and lead angles, while keeping the 
depth of cut constant. 
The cutting mode was up-milling with a 3/8 inch 
diameter ball end mill having two flutes with 
polycrystalline diamond (PCD) brazed inserts (Fig. 
2).  
Different cutting conditions were studied including: 
the cutting speed (100 to 500 m/min), the feed rate 
(0.063 to 0.254 mm/rev) and the lead angle (-10 to 
+10º), as can be seen in Table 1. Each experimental 
run is repeated three times with same conditions to 
evaluate the repeatability of the experiments. A 
Kistler 9255B(#3) three-axis dynamometer table was 
used for measuring the cutting forces during 
machining. The experimental setup is shown in 
fig.1.  
The roughness of machined surfaces was measured 
using a Mitutoyo SJ400 contact profilometer (Fig.3).  
 

 
 

Fig. 2. Two-flute polycrystalline diamond (PCD) ball end 
mills 

 
Table 1. Cutting parameters 

Cutting speed 
(m/min) 

Spindle speed 
(RPM) 

Feed rate 
(mm/rev) 

Lead 
angle (º) 

100 
175 
250 
375 
500 

3341 
5848 
8354 

12531 
16709 

 

0.063 
0.158 
0.254  

-10 
-5 
0 
5 

10 

 
Three readings were taken for each surface over an 
evaluation length of 12.5 mm at regular intervals in 
a transverse direction to the cutting and their average 
was calculated. The measured values of Ra 
(arithmetic average height) and Rt (ten-point average 
height) in different cutting conditions were 
compared to investigate the effect of cutting 
conditions on the surface quality. 
The surfaces were also examined using a Keyence 
VHC-600+500F type optical microscope, and a 
Hitachi S-3600N electronic microscope(scanning 
electron microscopy - SEM). 

 

3 Results  

3.1 Effects of feed rate and cutting speed on 
surface roughness 
Surface morphology and integrity depend on the 
machining process and workpiece characteristics 
such as the cutting speed, the feed rate, the fiber type 

 
 

Fig.3. Measuring of surface roughness 
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and volume content, the fiber orientation and matrix 
type [3]. 
Fig. 4 shows the effect of feed rate and cutting speed 
on the surface roughness. Fig. 5 illustrates the 
effects of feed rate and cutting speed on Rt. When 
comparing the figures 4 and 5, it is obvious that the 
variation of Rt and Ra over the cutting speed have 
the same trends. Thus, all the roughness results will 
be discussed for Ra values. As can be seen, Ra 
increases with an increase of the feed rate. The 
dependence of surface roughness to cutting speed is 
more complex compared to feed rate.  
 

 
 

Fig. 4. Effect of feed rate and cutting speed on the Ra, 0º 
lead angle. 

 

 
 

Fig. 5. Effect of feed rate and cutting speed on the Rt, 0º 
lead angle. 

However, generally it could be concluded that in 
lower cutting speeds (100 and 175 m/min), surface 
roughness decreases by increasing of cutting speed. 
An increase in cutting speed for a fixed feed rate and 
tool diameter (D) causes a decrease in chip per 
tooth, af, which results in a decrease in surface 
roughness according to the following equations [3]: 

푅 ≅
푎

32(퐷/2)
 (2) 

푅 ≅
푎

8(퐷/2)
 (3) 

 
Increasing the cutting speed to more than 250 m/min 
does not have a significant effect on surface 
roughness for lower feed rates (0.063 and 0.158 
mm/rev).  
The minimum surface roughness values were 
achieved with a low feed rate (0.063 mm/rev) and 
higher cutting speed (250-500 m/min). In the case of 
a higher feed rate (0.254 mm/rev), the roughness 
diagram has a minimum point at 175 m/min and a 
maximum point (point 2) at 375 m/min cutting 
speed. Increasing the feed rate and cutting speed 
increases the cutting temperature [13], which can 
lead to softening and burning of matrix material 
[19]. Therefore, decreasing the surface roughness for 
higher feed rates (0.158 and 0.254 mm/rev) at a 500 
m/min cutting speed might be explained by adhering 
of the uncut fibers to the softened matrix under high 
cutting temperatures. 

3.2 Effects of feed rate and cutting speed on 
cutting force 

According to literature, cutting forces generally 
increase with an increase in the feed rate, but the 
dependence of cutting forces on cutting speed is not 
uniform for different types of fiber reinforced 
plastics[3]. Fig. 6 illustrates the effect of feed rate 
and cutting speed on resultant cutting force from our 
experiments. It can be seen that the cutting force 
increases with an increase in the feed rate and there 
is a greater influence on cutting force for higher 
cutting speeds. The variation of cutting forces is not 
uniform over the cutting speed and can be studied in  
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three cutting speed ranges including: I. low cutting 
speeds (100-175 m/min), II. moderate cutting speeds 
(175-375 m/min), and III. high cutting speeds (375-
500 m/min).  In range I, the effect of cutting speed 
on resultant cutting force is not significant but in 
range II, cutting force rises with cutting speed.  In 
the third range, cutting force reduces when cutting 
speed increases. The non-uniform variation of 
cutting force to cutting speed is consistent with other 
studies[3, 14, 19].The rate of variation of the cutting 
forces with cutting speed is related to cutting 
temperatures. At low cutting speeds, cutting 
temperatures are not high enough for softening of 
polymer binder and dry friction predominates. The 
softening/degrading of the matrix in cutting zone 
occurs at a critical speed and causes reduction in 
cutting forces [3]. Fig. 6 shows that the critical speed 
is probably reached in range III, where the cutting 
forces become almost independent of cutting speed 
and the minimum cutting force is achieved in these 
ranges.  
Among conditions that result in the lower roughness 
(feed rate 0.063 mm/rev and cutting speeds 250-500 
m/min), point 1 in figures 4 and 6 has the lowest 
cutting force that results in greater process stability 
and part quality. Therefore, this condition is 
recommended for surface machining of CFRP with 
this cutting tool. The comparison of the surface 
quality in point 1 with that in point 2 (the point with 
the highest surface roughness and cutting force) in 

fig. 7 shows that many damages occur using a high 
feed rate.  

3.3 Effects of lead angle on surface roughness 
and cutting force 
The study of the effect of the lead angle on surface 
roughness in this research showed that surface 
roughness varies non-linearly with the lead angle 
and that variation depends on cutting speed. The 
minimum Ra and Rt are achieved for a lead angle of 
5° and 0° in low cutting speeds (100 and 175 m/min) 
and higher cutting speeds, respectively. 
 

 

 

Fig. 7. effect of cutting 
speed on the quality of 
machined surface, lead 
angle 0º a) Cutting 
speed 250 m/min, feed 
rate  0.063 mm/rev b) 
Cutting speed: 375 
m/min, feed 
rate=0.254 mm/rev.  

 

Fig. 6. Effects of feed rate and cutting speed on the 
cutting force, 0º lead angle 
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Figure 8 shows the effect of the lead angle on the 
surface roughness for different cutting speeds and 
feed rate of 0.0635 mm/rev. As can be seen in fig. 8, 
the variation of cutting force with lead angle is not 
uniform for all cutting forces. However, the 
minimum cutting forces were achieved at the lead 
angle 0º and -10º for low cutting speeds (100, and 
175 m/min) and higher cutting speeds (250, 375 and 
500 m/min), respectively. This diagram illustrates 
that the variability in roughness curves is higher for 
negative lead angles. It is shown that roughness 
curves for lower cutting speeds have high 
amplitudes (100, 175 and 250 m/min) compared to 
higher cutting speeds (375 and 500 m/min). In other 
words, sensitivity of roughness to the lead angle is 
higher for the low cutting speeds. 
Figure 9 shows the effect of the lead angle on the 
resultant cutting forces for a cutting speed of 250 
m/min and a feed rate of 0.063 mm/rev. Fig. 10 
shows the SEM images of a machined surface with 
different lead angles. As can be seen in this figure, 
the best quality surface was achieved with lead angle 
equal to 0 and -10 degree where the roughness and 
cutting force are at minimum values, respectively. 
More damage, such as fiber breakage, fiber de-
cohesion and matrix damage is observed in the case 
of lead angle of 5º while the roughness and cutting 
force have maximum values. 
 

 
 

Fig.8. Effect of lead angle on the roughness Ra for 
different cutting speeds (feed=0.0635 mm/rev) 

 

 
 

Fig. 9. Effect of lead angle on the cutting force, Cutting 
speed: 250 m/min (feed= 0.063 mm/rev) 

 
 

  

  

Fig. 10. SEM images of machined surface with different 
lead angles (cutting speed 250 m/min, feed rate 0.063 

mm/rev.) 

 

4 Conclusions 
In this paper, surface milling experiments were 
carried out on carbon fiber reinforced plastic to 
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study the effects of cutting parameters on cutting 
force and surface quality and to find the optimum 
condition for this operation type using a PCD two 
flutes ball nose end mill. Based on the presented 
results, the following conclusions are drawn:  

 
 The surface roughness increases with an increase 

in the feed rate. 
 In lower cutting speeds (100 and 175 m/min), 

surface roughness decreases with an increase in 
cutting speed, while increasing the cutting speed to 
more than 250 m/min has no significant effect on 
surface roughness for lower feed rates (0.0635 and 
0.15875 mm/rev). 

 The cutting force increases with feed rate but the 
variation of cutting forces has no consistent trend 
over the cutting speed. However, the effect of 
cutting speed on cutting force is more significant 
for moderate values of cutting speed (175-375 
m/min)while improving the cutting force. 

 The variation of cutting force and surface 
roughness with lead angle is non-linear and the 
minimum values are found for the 250 m/min 
speed and 0.0635 mm/rev feed rate, for lead angles 
equal to 0º and -10º, respectively. This latter value 
is surprising since it is quite an unusual lead angle 
in multi-axis machining. 

 Instability in the roughness diagram increases 
when using a negative lead angle. On the other 
hand, using a positive lead angle produces higher 
cutting forces. 
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1 Introduction 

Even though carbon fibre composites provide 
excellent stiffness and strength, they show early 
damage initiation [1] and a low failure strain in 
tensile loading. The reason for this brittle behaviour 
is the low failure strain of the fibres, combined with 
low transverse and shear strength of fibre bundles or 
layers. Several strategies have been investigated to 
overcome this problem. Nanofillers and rubber 
particles for instance can increase the ductility of 
epoxy matrices [2] or delay the onset of damage [1], 
but the improvements in composite brittleness are 
incremental.  
 
A novel route is proposed in order to obtain a step-
change rather than an incremental improvement in 
the brittleness of fibre-reinforced polymer 
composites. This will allow a better balance between 
toughness, on one hand, and stiffness and strength, 
on the other hand. The proposed route consists of 
hybridising carbon fibre-reinforced composites with 
ductile fibres.  
 
Ductile fibre-reinforced composites can achieve high 
composite toughness [3-6], but only a few of them 
have been commercially exploited, such as self-
reinforced composites (SRC). Two popular 
production processes for SRCs are hot compaction 
and co-extrusion. Both processes start with highly 
drawn polymer tapes, which have high molecular 
orientation and excellent mechanical properties [7, 
8]. In co-extrusion, the starting material is a co-
extruded tape, in which the outer layer is made of a 
lower melting point copolymer. On processing, the 
co-polymer layer melts and the homopolymer core is 
maintained [9, 10]. The tapes are woven, stacked 
and inserted into a hot press at a specific temperature 
to produce the final sheet.  
 

In hot compaction, a process invented and patented 
by the university of Leeds [5, 11], only oriented 
homopolymer tapes are used. During processing, the 
outer surface of the tapes is selectively melted, with 
the inner core is maintained. Upon cooling, the 
melted material recrystallizes to form the matrix [12, 
13]. The mono-component nature of the tapes yields 
a narrow, but commercially usable temperature 
window to perform hot compaction. If the 
temperature is too high, the oriented tape loses its 
molecular orientation and melts. If the temperature 
is too low, on the other hand, the outer sheath will 
not melt. The advantage of hot compaction, 
however, is that molecular continuity is achieved 
between matrix and tapes, as they both originate 
from the same tape. This molecular continuity is 
more limited if co-extruded tapes are used.  
 
Early research efforts focused on self-reinforced 
polyethylene [11, 14], as drawn polyethylene can 
easily reach a high stiffness and strength. Later, the 
focus shifted towards self-reinforced polypropylene 
(SRPP) [9, 12], as it has a higher toughness, a lower 
price and a larger processing window [5]. Woven 
SRPP achieves 3-5 GPa stiffness and 100-150 MPa 
strength, in combination with a failure strain of 15-
20% and an excellent impact resistance. This impact 
resistance is unique, as it even increases with 
decreasing temperature [5].  
 
The applicability of SRPP is currently hampered by 
the limited stiffness and strength. This can be 
improved by hybridisation, which can be done in 
three different configuration: interlayer, intralayer 
and intrayarn (see fig. 1). In interlayer, the mixing of 
both materials occurs on the layer level, by stacking 
them on top of each other (see fig. 1a). This is most 
commonly described configuration in literature, as it 
is easy and cheap. In the intralayer configuration, the 
yarns or tapes of both materials are woven together 
[4], creating a more intimate mixing of both 
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materials (see fig. 1b). Finally, both materials can be 
mixed on the fibre level (see fig. 1c). The latter 
configuration has the most intimate mixing and can 
be expected to have the best mechanical properties. 
This configuration is unfortunately difficult to 
produce and expensive. 
 
Results will be presented for intralayer hybrids of 
continuous carbon fibre polypropylene (CFPP) with 
SRPP. The highly oriented PP tapes in SRPP add a 
tough material to the brittle CFPP. The aim is to 
maximise the toughening while retaining substantial 
stiffness and strength. This investigation is focused 
on tensile behaviour. 

2 Materials and methods 

2.1 Materials 

The polypropylene (PP) tapes were kindly provided 
by Propex Fabrics GmbH (Germany). These tapes 
have a draw ratio between 1:10 and 1:15, a stiffness 
of 8-10 GPa, and a strength of 500-600 MPa.  
 
The unidirectional carbon fibre polypropylene 
prepregs were sourced from Toray Europe. The 
prepregs are 300 µm thick and 55 mm wide, but 
were slit manually to 2.5 mm width. The fibre 
volume fraction is 47 vol% and the type of fibres is 
T700S.  
 
Propex Fabrics GmbH also provided a 20 µm thick 
PP film. This film has a melting point of 163°C and 
consists of the same PP grade as the tapes. 

2.2 Hand weaving 

The PP tapes and CFPP prepreg tapes were woven 
into hybrid fabrics. Folding of the tapes, which is 
typical phenomenon in automated tape weaving, was 
avoided by using a hand loom. The warp direction 
was composed of only PP tapes, while 1 out of 4 
tapes in the weft direction was a CFPP prepreg. This 
fraction of CFPP prepregs to PP tapes was chosen to 
give a carbon fibre fraction in the final composite 
sheet of around 20%.  
 
Two weave patterns were woven to assess the 
influence of the weave pattern and crimp. To obtain 
a large difference between both patterns, a plain 
weave was compared to sateen 8/3 weave (see fig. 
2a and 2b). The plain weave pattern has the highest 
possible crimp of all standard patterns. The sateen 
8/3 pattern has a low amount of cross-overs and 
hence a low crimp. After hot compaction, each layer 
will have an average thickness of around 150 µm. 

 
A plain weave without carbon fibre prepregs was 
also woven (see fig. 2c). This will be used as 
reference material to compare the hybrid composites 
with. 

2.3 Hot compaction 

A total of 8 layers of the fabric were stacked on top 
of each other in a 08 or (0-90-0-90)s layup. The weft 
direction is labelled as the 0° direction, as this is the 
stiffest and strongest direction. The layups are 
abbreviated to 0° and 0°/90° respectively. Note that 
the layup for the reference SRPP fabric is irrelevant, 
since the 0° and 90° are identical.  
 
The layup is put in between two 1 mm thick copper 
cover plates and inserted into a preheated press at 
188 °C. It is hot compacted for 5 minutes at 45 bar 
pressure, after which it is cooled down to 40 °C in 4 
minutes.  
 
The reference CFPP material was pressed in a 
copper channel mold to avoid flow at the edges. The 
processing conditions are the same, apart from a 
lower pressure. Pressure was lowered to 5 bar to 
prevent the material from flowing out of the mold, 
which would misalign the fibres. The higher 
pressure for the SRPP reference and hybrids is 
needed to overcome the entropic shrinkage of the PP 
tapes during hot compaction. 
 
In one layup, seven interleaved PP films were 
inserted in between the eight hybrid fabrics. Apart 
from decreasing the carbon fibre volume fraction 
from 22% to 19%, the films also create more matrix 
material. This increases the adhesion between the 
layers and widens the temperature window for hot 
compaction [15, 16]. 

2.4 Tensile tests 

Quasi-static tensile tests were performed according 
to ASTM D3039. Tensile samples of 250x25mm 
were waterjet cut to minimise the damage to the 
sample edges. The strain was measured by averaging 
the surface strain using digital image correlation. 
After the carbon fibre failure, the surface is damaged 
and the surface strain cannot be measured anymore. 
To solve this problem, the crosshead displacement is 
used to calculate the strain after the carbon fibre 
failure. This correction is accurate due to two 
reasons. Firstly, the error in this correction is 
proportional to the load, which shows only a small 
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variation. Secondly, the correction was verified on 
samples without damaged surfaces. 
 
The tensile modulus is calculated as the slope 
between 0.1% and 0.3% strain. The strength is 
calculated at two different strains: the strain at which 
CFPP fails and the strain at which SRPP fails. Both 
these strengths and the corresponding strains are 
labelled as I and II. These strains and strengths are 
illustrated in fig. 3. 

2.5 Matrix burn off 

Matrix burn off tests were performed according to 
ASTM D2584. The samples are heated in porcelain 
crucible until the PP matrix ignites. The samples are 
then inserted into a muffle furnace for eight hours at 
450 °C. The fibre weight fraction is calculated based 
on the sample weight before and after burn off. This 
is converted into a fibre volume fraction by 
assuming a density of 1800 kg/m³ and 920 kg/m³ for 
CF and PP, respectively. 

3 Results 

3.1 Reference material 

The described hybrid composites consist of two 
components: CFPP and SRPP. Fig. 4 illustrates the 
tensile diagrams of both reference materials. CFPP 
demonstrated a high stiffness and strength, but a low 
failure strain. This is in strong contrast with the low 
stiffness and strength of SRPP. These lower tensile 
properties are compensated by the increased failure 
strain.  

3.2 Influence of the layup 

Since the weaves only have carbon fibre in the 0° 
direction, the layup is vital for the mechanical 
properties of the hot compacted sheets. Therefore, 0° 
and 0°/90° layups were hot compacted and tested. 
Their tensile diagrams are presented in fig. 4, while 
the second and third columns of table 2 summarise 
the tensile properties.  
 
Both layups demonstrated a distinct CFPP peak at 
about 1.5% strain, followed by a SRPP tail. The 
properties in the second part of the stress-strain 
diagram are hardly affected by the layup. The SRPP 
seems to remain unaffected by the energy released 
upon CFPP failure. Both components can be 
considered as acting independently. This is possible 
because of a combination of the high SRPP ductility 
and the well-known low adhesion between CF and 
PP. 
 

A crucial difference between both layups is the 
amount of carbon fibre in the tensile direction. The 
0°/90° layup only has half of the carbon fibres in the 
tensile direction compared to the 0° layup. This 
results in a stiffness difference of a factor two. 
Based on the carbon fibre volume fraction of 22% 
and a CF stiffness of 230 GPa, a stiffness of at least 
50.6 GPa would be expected for the 0° layup. The 
measured 33.5 GPa significantly differs from the 
expected value, however. This difference has two 
reasons. Firstly, the modulus of CF is typically 
measured between 0.5 and 0.7% strain, while the 
composite modulus is measured between 0.1 and 0.3 
% strain. The CF modulus increases by about 20% 
[17] between 0% and 0.7%, which means the 
expected modulus may be reduced to 40.5 GPa. 
Secondly, the PP tapes have a high tendency to 
shrink during processing. This can induce 
misalignment of the carbon fibres, further reducing 
the composite tensile modulus. Finally it is 
interesting to note that the SRPP portion of the 
tensile stress-strain curve is independent of the lay-
up, supporting the explanation that the two 
components are acting independently. 
 
The measured data can also be compared to the 
predicted behaviour for the 0° layup. The tensile 
diagram of this layup is easier to predict, as it has no 
carbon fibres in the transverse direction. The 
prediction is a rule-of-mixtures based on the 
experimental reference material data (see fig. 4), 
weighed by their relative volume. This assumes both 
components behave in parallel and do not interact 
with each other. CFPP’s volume can be estimated by 
dividing the carbon fibre content of the hybrid 
composite (22%) by the fibre volume fraction of the 
CFPP prepregs (47%). This results in a relative ratio 
of 47% CFPP and 53% SRPP. These ratios are used 
as weighing factors for the stress-strain diagrams of 
the reference materials.  
 
Fig. 6 compares the predicted results with the 
measurements. The CFPP peak is accurately 
predicted, both for stiffness and strength. However, 
a large difference is observed after the CFPP failure. 
The prediction assumes that CFPP stops carrying 
load, which means the stress falls back to the level 
of SRPP at that strain. This results in a vertical stress 
drop to about 15 MPa. The measured stress is, 
however, higher, which means the carbon fibres are 
still carrying a part of the load after they are broken. 
This results in positive deviation from the rule-of-
mixtures, which is often referred to as a positive 
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hybrid effect. This positive effect decreases with 
increasing strain and disappears at about 12% strain. 
 
A second discrepancy between prediction and 
measurement is observed around 20% strain. The 
prediction yields a higher stress level, which means 
that some damage to SRPP has occurred.  
 
In conclusion, the layup affects the mechanical 
properties of the hybrid mainly through the 
orientation of CFPP. The SRPP part of the tensile 
diagram remains largely unaffected by the layup. 

3.3 Influence of the weave pattern 

A plain weave is compared to a satin weave to 
assess the influence of the amount of crimp. The 
plain weave has more cross-overs, resulting in 
higher out-of-plane orientation of both the carbon 
fibres and the PP tapes. Fig. 7 depicts the tensile 
diagrams of both weave patterns for 0°/90° layups.  
 
No significant differences were found in the stiffness 
and strength, which means that the crimp is not 
affecting the behaviour of the carbon fibres. This can 
be understood from the dimensions of the CF 
prepregs and PP tapes. The width over thickness 
ratio is 8 and 50 respectively, resulting in a low 
crimp for both weave patterns.  
 
Small differences can be observed in the second part 
of the tensile diagram. The satin weave has a lower 
strain II and strength II. This part of the tensile 
diagram is determined by the damage in SRPP. The 
cross-overs in the weave pattern act as crack 
stoppers and tend to limit the extent of the CFPP 
damage. Since the plain weave has more cross-
overs, the CFPP failure damages SRPP over a 
smaller region. This results in higher strain II and 
strength II for the plain weave. Moreover, the higher 
number of cross-overs in the plain weave also results 
in a wavier surface than in the satin weave. The 
plain weave’s wavier surface results in a higher 
resistance against delamination and a delayed onset 
of damage.  
 
In conclusion, a plain weave pattern results in more 
ductile behaviour, while the stiffness and strength 
remain unaffected. 

3.4 Influence of the interleaved film 

Interleaved films were inserted between the hybrid 
fabrics to increase the amount of matrix created 
during the hot compaction. This increases the 

interlayer bonding and hence the resistance against 
delamination. The tensile diagrams are shown in fig. 
8. 
 
The interleaved films slightly improve the strain I 
and strength I and result in a sharper CFPP peak. 
The additional matrix improves the compaction 
quality and improves the bonding. The latter can 
delay the onset of failure and increases the sharpness 
of the peak. 
 
The largest difference is observed in the SRPP part 
of the tensile diagram. The interleaved film 
increases the strength II, but dramatically decreases 
the strain II. This can be understood from the 
difference in adhesion, which determines the extent 
of the damaged region. In the composite without the 
films, the adhesion is low, and the damage spreads 
out over the entire length of the sample. This 
prevents the strain from localising in a small region 
and allows SRPP to be strained independently from 
CFPP. In composites with interleaved films, 
however, the improved adhesion limits the extent of 
damaged area, which localises the applied strain 
over a smaller length. Locally, the ultimate failure 
strain is reached before the global ultimate failure 
strain is reached. At the same time, the improved 
adhesion allows some of the carbon fibres to 
contribute to the stress even after the first peak. This 
results in the increased strength II. 
 
In conclusion, the strength of CFPP and the SRPP 
peak is increased by interleaved films. The failure 
strain of SRPP is, however, dramatically decreased. 

4 Conclusions 

Intralayer hybrids of SRPP and CFPP are able to 
combine the high stiffness and high strength of 
carbon fibre composites, without losing the ductility 
of the self-reinforced polypropylene. This results in 
a novel hybrid material with an interesting balance 
between stiffness and toughness.  
 
0° and 0°/90° layups were produced and tested. As 
expected, the stiffness and strength of the 0° layup is 
twice as high as that for the 0°/90° layup. The 
ductility of the hybrid composite was not affected by 
the layup. Improvements compared to the linear 
rule-of-mixtures were found after the CFPP failure, 
meaning that the carbon fibres still contribute after 
they have failed.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  
Most fibre-reinforced composites can sustain 
increasing loads, even after extensive transverse 
cracking of the laminate. The continuous 0° fibres 
continue to carry the load and their failure generally 
coincides with the final composite failure. 
Understanding the failure behaviour of 0° fibres is 
vital for the widespread application of composite 
materials. This understanding can be improved by 
unidirectional longitudinal strength models. Many 
different approaches have been proposed, but most 
strength models consist of two parts. First, the stress 
redistribution after a fibre breakage is calculated. 
Those results are then incorporated into a model 
which takes into account the fibre strength 
distribution. 
 
Two types of stress redistribution models exist in 
literature. The first type are shear lag models. These 
models result in analytical solutions, but are limited 
by their inherent assumptions. Nevertheless, they are 
useful for studying the influence of various 
parameters, such as matrix stiffness [1], matrix 
plasticity [2-4], and debonding of the fibre-matrix 
interface [4, 5]. The second type is a finite element 
model, which uses fewer assumptions and can 
therefore yield more accurate results than shear lag 
models. Unfortunately, some authors reduce the 
obtained stress field to a single value, being the 
stress concentration factor (SCF) in the crack plane 
[3, 6]. This approach does not make full use of the 
capabilities of the finite element method, as the 
information on the stress concentration profile along 
the fibres, is lost. 
 
Most stress redistribution models use hexagonal or 
square fibre packings [6-8], even though some 
authors have stressed the importance of random fibre 
packings [9, 10]. In a recent work [11], the present 
authors demonstrated that the packing has a 
significant influence on the stress redistribution. The 

influence on the result of strength models is, 
however, still unknown. 
 
Most strength models in literature are based on 
Rosen’s chain-of-bundles model [12]. A 
unidirectional composite is considered to be 
composed of a series of layers perpendicular to the 
fibres. This means each fibre is split up into fibre 
elements. Weibull strengths are then assigned to all 
fibre elements. The stress redistribution model is 
incorporated into the strength model to calculate the 
stresses when fibres start breaking. 
 
This paper presents a new strength model for 
unidirectional composites. The stress redistributions 
in random and ordered packings are calculated using 
the finite element method. The obtained stress fields 
are then incorporated into a strength model for 
unidirectional composites. This model is the first 
strength model for realistic random fibre packings. It 
will be used to compare the effect of hexagonal, 
square and random fibre packings on the modelled 
composite strength. 

2 Stress redistribution model 

2.1 Model description 

This study models unidirectional carbon fibre-
reinforced epoxy composites. The finite element 
model for the stress redistribution uses the random 
fibre packing generator of Melro et al. [13]. This 
was adapted to include a criterion for the minimal 
distance between the fibres [11]. This distance is 
varied randomly between 2 and 2,1 times the fibre 
radius. The generator yields a square representative 
volume element, which is reduced to circular 
realisation with a diameter of twelve fibre radiuses. 
Fig. 1 depicts a realisation of such a random fibre 
packing with a fibre volume fraction of 70%. Some 
fibres are almost touching, while others are much 
farther apart. The number of nearest neighbours is 
not equal to six, as in hexagonal packings, but varies 
between four and seven. 

A NOVEL STRENGTH MODEL FOR UNIDIRECTIONAL FIBRE-
REINFORCED COMPOSITES WITH REALISTIC FIBRE 

PACKINGS 
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The packings are extruded along the fibre direction 
to obtain a 3D finite element model. The model 
length is equal to 60 fibre radiuses. Fig. 2 depicts the 
resulting model with the applied boundary 
conditions. A displacement is applied on the entire 
top surface. Since both fibres and matrix are 
assumed to be linearly elastic, the applied strain will 
not influence the results and was chosen at 0.1%. 
Symmetry in the fibre direction is imposed on the 
entire bottom plane, except on the middle fibre. The 
middle fibre has a traction-free surface, which 
represent its broken nature. The lateral surface of the 
cylindrical model is kept traction-free as well. 
 
The described results are based on carbon fibre-
reinforced epoxy. The constituent properties of both 
materials are summarised in table 1, in which LE  is 

the longitudinal Young’s modulus, TE the transverse 

Young’s modulus, LT  the longitudinal Poisson’s 

ratio, LTG  the longitudinal shear modulus, and TTG  
the transverse shear modulus. Linear elasticity and 
perfect bonding are assumed for fibre and matrix. 
 
Once the stress fields are obtained, the average 
longitudinal fibre stress avg  is calculated on 
imaginary fibre cross-sections. The SCF is 
calculated by comparing avg  to the stress   at 
infinity: 

avgSCF
 







  

The model is chosen long enough so that the average 
fibre stress at the top plane can be used instead of 
 . 

2.2 Stress concentrations around a single broken 
fibre 

The stress redistribution model yields the stress 
along the broken fibre and the intact fibres. An 
example of the stress concentration profile along an 
intact fibre is shown in fig. 3. Four characteristic 
location on this profile are calculated. Firstly, the 
maximum SCF is defined as the maximum in the 
stress profile. Please note that maximum SCF does 
not occur at the crack plane, but at a small distance 
from that plane. This has been previously described 
in [1, 6]. Secondly, the overload length is defined as 
the location where the SCF reaches zero for the first 
time. Next, the SCF becomes negative, as previously 

explained in [6]. The third parameter is the 
minimum SCF. The final location is at 80% of the 
minimum SCF. These four characteristic locations 
are indicated in the stress profile in fig. 3. For each 
location, both the SCF and the relative distance from 
the crack plane are calculated. 
 
These calculations are done for five realisations of 
random fibre packings, as well as one model for 
square and one for hexagonal fibre packings. The 
results are plotted as a function of the relative 
distance of the intact fibre from the broken fibre. 
Fig. 4 displays the maximum SCF, fig. 5 the 
overload length, and fig. 6 the minimum SCF.  
 
Trend lines are fitted through the data points for the 
random fibre packings, which is needed to transfer 
these data to the strength model. Logarithmic or 
second order polynomial trend lines are used, 
depending on which one resulted in the best fit. Only 
intact fibres at a relative distance of less than four 
fibre radiuses are taken into account. The other 
intact fibres are not considered, as they carry a SCF 
close to zero.  
 
The trend lines fit the data well, even though some 
discrepancies can be observed. The most important 
discrepancy occurs at distances larger than three 
fibre radiuses. The trend lines for maximum and 
minimum SCF cross the x-axis in fig. 4 and fig. 6. 
Since this is not observed in the FE data, the SCF is 
assumed to be zero when this occurs. 
 
The data points for the regular fibre packings can 
also be found in fig. 4-6. These data points are 
directly inserted into the strength model, without a 
trend line. They follow the data for the random fibre 
packings, although some small differences may be 
observed. This, however, does not mean that the 
stress redistribution in regular and random packings 
is the same. A vital difference can be observed in 
fig. 4. The highest maximum SCF for the hexagonal 
packing is observed at 6.7%, while it is 13.8% for 
the random fibre packings. This observation can 
cause an overestimation in composite strength in 
models with hexagonal fibre packings. There is, 
however, another effect that counteracts this. The six 
nearest neighbours in the hexagonal packing carry 
the same SCF, as they are all at the same distance. 
The six nearest neighbours in a random fibre 
packing, however, are all at different distances and 
hence, do not carry the same SCF. Some of those 6 
neighbours will carry a SCF larger than 6.7%, but 

(1) 
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the others will carry a smaller SCF. The final 
influence on the strength model remains difficult to 
predict from an SCF analysis. 
 
Based on the trend lines, the four characteristic 
points are predicted for random, square and 
hexagonal packings. The intermediate stress levels 
are then calculated in the strength model using 
piecewise linear interpolation, as illustrated in fig. 7. 

2.3 Stress recovery in the broken fibre 

A similar approach is used to capture the stress 
recovery in the broken fibre. The stress profile along 
the broken fibre is shown in fig. 8. Three 
characteristic locations are calculated; where 60% 
recovery, 90% recovery and 95% recovery is 
achieved.  
 
Please note that a stress singularity exists close to 
the fracture surface of the broken fibre. Since this 
region is in principle also infinitely thin, a stress of 0 
MPa is assumed in the fracture plane, which means 
that the interpolation in fig. 8 starts in the origin. 
The line between 90% and 95% recovery is 
extrapolated to 100%. Further away from the crack 
plane, the stress is assumed to be fully recovered. 
 
These three stress recovery lengths are summarised 
in fig. 9 for the three different fibre packings at a 
fibre volume fraction of 70%. The random fibre 
packings consistently demonstrated a lower recovery 
length. This phenomenon has been explained in [11]. 
The random fibre packing has more fibres close to 
the broken fibre, locally resulting in a higher 
homogenised shear stiffness. This higher shear 
stiffness results in faster stress recovery, and hence 
shorter stress recovery lengths. 

3 Strength model 

3.1 General description 

The strength model consists of 2000 fibres in 
random, square or hexagonal fibre packings. Each 
fibre is 150 fibre radiuses long and is divided into 
300 fibre elements. The division into fibre elements 
is schematically represented in fig. 9. 
 
A schematic overview of the strength model is 
provided in fig. 10. The model starts off by 
assigning a Weibull strength to each fibre element. 

The fibre strength f  of fibre elements of length L  

was characterised by the Weibull probability density 

function  fF 
: 

 
0 0

1 exp
m

f
f

L
F

L






   
          , 

in which m  is the Weibull shape parameter, 0  the 

Weibull scale parameter and 0L  the length at which  
0  was measured. The Weibull strength distribution 

of the carbon fibres is based on literature data: 0 = 

2700 MPa, m = 9.03 and 0L =100 mm [14]. 
 
Next, the global strain is gradually incremented. 
After each strain increment, the model checks in 
every fibre element whether the stress has exceeded 
the strength. If this is the case, then the fibre element 
is considered to be broken and the stress in the 
surrounding fibre elements is updated based on the 
finite element stress redistribution, as discussed 
earlier. Since the stress concentrations may cause 
other fibres to break in the same strain increment, 
the model checks again whether any new fibres were 
broken. This is repeated until no new fibre was 
found broken in the current strain increment. Then, 
the failure criterion for the entire composite is 
checked. If the failure criterion is not reached, the 
strain is incremented and the process repeats itself. If 
the failure criterion is satisfied, then the model stops.  
 
This failure criterion, as well as some other aspects, 
requires further elaboration. This is done in the 
subsequent sections. 

3.2 Superposition for multiple fibre breaks 

The stress redistribution model, which was presented 
earlier in this paper, only determined the stress 
redistribution around a single broken fibre. When 
the strain is increased, breaks will start accumulating 
and broken fibre clusters will develop. For an 
accurate prediction of cluster formation and final 
failure, a superposition principle is needed to predict 
stresses around multiple fibre breaks. In the current 
model, linear superposition is applied. This means 
that the SCFs for single fibre breaks are summed up 
to predict the SCFs around multiple broken fibres. 
Linear superposition is proposed as a good first 
approximation. In reality however, the broken fibres 
do start interacting with each [15]. 
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3.3 Strain application 

The strain on each plane of fibre elements is the 
same if all fibres are intact. When a fibre element is 
broken, the plane, in which that element is located, 
becomes more compliant. This means the strain in 
that plane should be larger than in the other planes. 
The application of the same strain on all planes, 
therefore, would be incorrect. 
 
To solve this issue, the local strain on each plane is 
allowed to be different from the global strain. The 
average of all the local strains, however, has to be 
equal to the global strain. Since all fibre elements 
have the same length, this constraint imposes the 
sum of all the local displacements to be equal to the 
global displacement.  
 
A rule was set up to implement this behaviour. The 
average SCF of the fibre elements is averaged on 
each plane. Since a broken fibre element has a SCF 
of zero, a plane with broken fibre elements will have 
a lower than average SCF. The inverse of this 
average SCF is used as a weighing factor. This 
means that a plane with more broken fibres will be 
subjected to a larger strain, as the inverse of the 
average SCF is higher. Even though this weighing 
procedure can be further refined, it does correctly 
represent the mechanics: strain localisation on the 
planes with more broken fibre elements. 
 

3.4 Cluster development 

To understand the fracture behaviour, it is useful to 
track the cluster development. Therefore, the model 
tracks all the broken fibre elements and calculates 
the size of all the clusters at each strain increment. 
Two broken fibre elements are considered to be part 
of the same cluster if: 

 The surface-to-surface distance between the 
fibres is smaller than two times the fibre 
radius. 

 The distance along the length is less than ten 
times the fibre radius. 

3.5 Failure criterion 

If one plane of elements is fully broken, then the 
local strain would become infinite, while the strain 
in the other planes would be zero. To avoid these 
numerical problems, a failure criterion is needed to 
stop the model. The model automatically stops if the 
global stress is 10% lower than the maximum global 
stress that was reached in all previous strain 

increments. This criterion coincides with a vertical 
decrease in the stress. 

4 Results 

Fifteen models were run for each packing. Fig. 12 
illustrates the general shape of the tensile diagrams. 
Deviations from linear elastic behaviour can only be 
observed in the last part of the tensile diagram. The 
large number of broken fibres is responsible for this 
deviation. 
 
Fig. 13 plots the number of clusters up and till a 
cluster of 8 broken fibre elements for a random fibre 
packing. Fig. 14 multiplies that number by the size 
of the cluster. This yields the total number of 
elements which are part of each cluster size. From 
these figures, it is clear that 1-plets, which is an 
isolated broken fibre element, slowly start to 
develop around 1% strain. Cluster formation only 
starts at 1.6%, when the first 2-plets develop. Two 
remarkable features are noticeable. Firstly, the 
amount of 1-plets and 2-plets start to decrease near 
the failure strain, as those clusters develop into of 
larger clusters. Secondly, fig. 14 demonstrates that, 
at the final failure, the amount of broken fibre 
elements is roughly the same in each cluster size. 
Given the complex interactions between the broken 
fibres, it is likely that the last 0.1 to 0.2% strain is 
not accurately predicted.  
 
The failure strain was calculated as the strain at 
which the maximum stress is reached. The average 
failure strains are summarised in fig. 15, while 
figure 16 gives their cumulative probability 
distribution. The modelled failure strains lie between 
2.1% and 2.2%. This corresponds well with the 
results of Wang et al. [14], who used the same 
Weibull strength distribution. 
 
Random fibre packings display a higher failure 
strain than regular packings. The difference is small, 
but statistically significant. The difference between 
the three packings is also visible in the probability 
distribution function in fig 16. 
 
The square packing appears to be a more realistic 
representation of real packings than hexagonal 
packings. The failure strain of square packings is 
closer to the random packings than the failure strain 
of hexagonal packings. This can be understood from 
the more random nature of the square packings. 
While the hexagonal packing has six nearest 
neighbours, the square packing has only four. This is 
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also reflected in fig. 4-6, where hexagonal packings 
only has three data points, while square packings 
have five. 

5 Conclusion 

A novel strength model was developed, which is 
able to incorporate random fibre packings. The finite 
element method was used to calculate the stress 
redistribution after a single fibre breakage. Those 
results were incorporated into a separate strength 
model, which is able to track the cluster 
development. 
 
The strength model proved that random fibre 
packings yield a small, but statistically significant 
difference in composite failure strain than regular 
packings. Square packings are preferred over 
hexagonal packings, as they more closely resemble 
random packings. 
 
Future work will focus on improving the final failure 
prediction by refining the stress redistribution model 
with effects such as matrix plasticity and fibre-
matrix debonding. The strength model will be 
extended to hybrid composites, to predict their 
complex tensile diagram. 
 

 
Fig. 1. Example of a random fibre packing 
realisation with a fibre volume fraction of 70%. 
 

 
Fig. 2. A 3D view of the finite element model with 
the boundary conditions in red. The lateral surface 
is traction-free. 

 
Table 1. Engineering constants of the carbon fibre 

and epoxy matrix. 
 Carbon fibre Epoxy matrix 

LE  (GPa) 230 3 

TE  (GPa) 15 3 

LT (-) 0.25 0.4 

LTG  (GPa) 13.7 1.07 

TTG  (GPa) 6 1.07 
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Fig. 3. Example of the stress concentrations as a 
function of the relative distance from the crack 
plane.  
 
 

 
Fig. 4. The maximum SCF as a function of the 
relative distance from the broken fibre. 
 

 
Fig. 5. The overload length as a function of the 
relative distance from the broken fibre. 

 
Fig. 6. The minimum SCF as a function of the 
relative distance from the broken fibre. 
 

 
Fig. 7. Interpolation of the four characteristic 
locations in the stress profile of the intact fibres. 
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Fig. 8. Interpolation of the three characteristic 
locations in the stress profile of the broken fibre. 
 

 
Fig. 9. Stress recovery lengths for the three packings 
at 70% fibre volume fraction. 
 

 
Fig. 10. Random fibre packing with fibres split up 

into fibre elements 

 
Fig. 11. Schematic overview of the strength model 
 
 

 
Fig. 12. Example of a modelled stress-strain 
diagram 
 

ICCM19 4049



 
Fig. 13. Number of plets in a random fibre packing 
as a function of the applied strain. 
 

 
Fig. 13. Number of fibre elements in each cluster 
size in a random fibre packing as a function of the 
applied strain. 
 

 
Fig. 15. Comparison of the failure strains of the 
three types of packings. The error bars indicate the 
95% confidence interval. 
 

 
Fig. 16. Cumulative probability distribution function 
of the failure strains of the three types of packings. 
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1. Introduction  
Advanced reinforced polymer composites (ARPC) 

are used within many load bearing applications; 

however the uncertainty of cure, damage 

manifestation (barely visible impact damage, BVID) 

and moisture ingress all lead to unknown mechanical 

properties and failure mechanisms. To remove 

uncertainty from ARPC many methods have been 

developed to detect damage, cure and moisture 

ingress however, most of these involve destructive 

testing or expensive component downtime with 

expensive expertise for non-destructive testing 

(NDT). The development of cure monitoring system 

would enable the reduction in manufacturing cost 

such that the component is only kept at temperature 

until the resin system is fully cured.  

The most promising techniques for damage sensing 

are those which prevent component downtime. 

These include two types of systems; embedded 

sensors and self-sensing which either integrated a 

sensor or use the intrinsic material properties to 

detect damage.  

Many methods have been investigated to integrate 

different types of sensors into composites. Most of 

these techniques have involved embedding a range 

of optical fibres: 

 Intensity based sensors [1-4] 

 Interferometric sensors (Fabry-Pérot) [1, 2] 

 Fibre Bragg Grating (FBG) [1, 2] 

 Polarmetric sensors [1] 

These sensors give a range of data from damage 

detection from fracture to strain wave detection 

under impact. One of the major issues of this work 

was the dimension of commercial optical fibres 

which normally have a diameter of 125µm in 

comparisons to standard reinforcing fibres of 5-

25µm. This diameter mismatch produces problems 

in compressive loading producing failures in the 

fibres before the panel is loaded. However, work has 

been done to reduce the fibre diameter of intensity 

based [5] sensors and FBGs to improve mechanical 

properties [6].  

Self-sensing has been performed on both carbon and 

glass fibre composites. Swait et al [7] demonstrated 

the detection of BVID using the intrinsic electrical 

resistance of carbon fibres, whilst Fernando and co-

workers have produced a series of papers covering 

the field of intrinsic optical sensing. The latter uses a 

intensity based method of detection where fibre 

fractures and bending losses attenuate transmitted 

light and consequently can be used to determine the 

state of panel. The system is however, limited by 

only being able to use modified resin systems with 

low RI and the imperfections in reinforcing glass 

fibres such as bubbles, compositional variations and 

un-uniform cross sectional area [8]. These intrinsic 

optical properties of reinforcing fibres are thought to 

limit the maximum transmission length. 

As an epoxy resin cures the groups react together, 

and using infra-red spectroscopy the resonance of 

these groups can be monitored. Using this principle 

a scanned chromatic infra-red (IR) light can be 

projected down the fibre forming an evanescent 

wave in the resin; the attenuation of the wave gives  

a spectrum indicating which groups have reacted and 

continuous monitoring with respect to time shows 

the state of cure. This principal is known as fibre 

evanescent wave spectroscopy (FEWS) and has been 

demonstrated by Fernando [9] and Bailey [3].  

FEWS however requires a fibre which can transmit 

in the IR. Fernando et al [9] gave a list of near infra-

red (NIR) absorption peaks for DGEBA with various 

common curing agents in the range of 1159 to 

2400nm. 

Bailey [3] demonstrated that moisture absorption 

could be detected in Araldite 5052 epoxy resin using 

a peak at 1900 nm using chalcogenide fibres. 

Chalcogenide glasses have a good IR transmissions 
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making them ideal for FEWS but, they are complex 

to process and give relatively low strength fibres [3].  
Hence previous work has shown that glass fibres can 

be used, for FEWS for monitoring of cure [9] and 

moisture ingress [3]. Previous work has also 

demonstrated that fibres can be used for damage 

detection. Therefore, combining the two aspects 

could enable a sensor to be made which can monitor 

both chemical and physical condition of the 

composite. 

The aim of this work is to produce an ideal hybrid 

structural and sensing optical fibres for intensity 

based damage sensing, and also for FEWS for cure 

and moisture ingress monitoring. It was decided that 

the fibre must meet the following criteria: 

 Mechanical properties suitable for 

reinforcement. 

 Exhibit interfacial properties similar to 

current aluminosilicate reinforcing fibres (E-

glass) enabling simple integration to 

composite systems. 

 Similar fibre dimensions to reinforcing 

fibres to minimise any detrimental effects on 

compressive strength. 

 Easy to produce fibres. 

 High chemical durability. 

 Low toxicity with minimal environmental 

impact. 

 Suitability for all epoxy resin systems 

 A large enough optical transmission window 

for FEWS for monitoring cure and moisture 

ingress. 

 A refractive index (RI) which is greater than 

that of typical commercial resin system to 

enable intensity based optical damage 

detection. 

For the new glass fibres to be suitable for damage 

sensing they must have an RI greater than that of the 

resin. Epoxy resins have a range of RI values from 

1.55 [4] to 1.63 [10] depending on composition. 

Therefore the glass fibre must have an RI greater 

than 1.63.  

To meet the chemical durability and surface 

chemistry criteria a silicate glass must be used. 

However, silicate glasses are inherently limited to 

transmission below <2723nm due to Si-OH bonds 

that are formed when water is present in a silicate  

melt (which is usually the case) [11]. This 

wavelength is within the 1159 to 2400nm range set 

out by Fernando. 

Two approaches were investigated: use of known 

high RI glasses and modification of existing 

structural glasses. The literature indicated that 

niobium silicate glasses might have useful properties 

so the first glasses trialed in table 1 are alkali 

niobium silicates. Initially two potassium niobium 

silicates were trialled; the Li:Nb:Si composition was 

taken from [12] and titanium was added to further 

increase the RI. 

Table. 1. Compositions of alkali niobium silicate 

glasses. 

Composition 
3K:3Nb

:5Si 

2K:3Nb

:5Si 
Li:Nb:Si Li:Ti:Nb:Si 

K2O 30 20 38.5 38.5 

Nb2O5 30 30 15.4 15.4 

SiO2 40 50 46.1 23.05 

TiO2 0 0 0 23.05 

 

The second approach was to use existing structural 

fibres and modify them with niobium (Nb). E-glass 

is characterised as an aluminosilicate with no alkali 

ions and hence good chemical durability. So two 

compositions were tested a calcium aluminosilicate 

with an addition of niobium and a commercial boron 

free E-glass [13] with 5% Nb substituted for Al. 

Naka et al [14] have reported on high dielectric 

constant glass fibres (H-glass) with comparable 

mechanical properties to E-glass hence this glass 

was also investigated. Lanthanum was added to H-

glass as a substitution for titanium to further increase 

the RI. These glasses are listed in table 2. 
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Table. 2. Composition of niobium modified glasses. 

Composition 
Ca:Al:Nb

:Si 

E-glass -

5%Al + 

5%Nb 

H-glass 
H-glass 

–Ti +La 

K2O 0.00 0.16 0.00 0.00 

Nb2O5 3.855 5.00 6.00 6.00 

SiO2 41.43 56.43 50.00 50.00 

TiO2 0.00 0.70 11.55 0.00 

Al2O3 3.855 15.73 0.00 0.00 

CaO 51.40 19.42 7.50 7.50 

MgO 0.00 1.96 0.00 0.00 

Na2O 0.00 0.61 0.00 0.00 

BaO 0.00 0.00 15.00 15.00 

ZrO2 0.00 0.00 2.45 2.45 

SrO 0.00 0.00 7.50 7.50 

La2O3 0.00 0.00 0.00 11.55 

 

Epikote 828 (diglycidyl ether of bisphenol-A 

(DGEBA)) and 4,4'-Diaminodiphenylsulfone (DDS) 

were used as the reference epoxy resin in this work 

due to its wide use and relatively high refractive 

index. Currently the authors of this paper are 

investigating a range of commonly used resins 

systems to give an overview of the range of 

refractive indices that need to be covered by glass 

fibres for damage sensing.  

 

2. Experimental 

2.1 Glass melts 

Glasses shown in table 2-3 were batched using sand 

(99.8 wt% in purity) and reagent-grade oxides, 

carbonates or nitrates to produce 300g of glass. 

Constituents were melted in a platinum crucible at 

1450°C for 1 hour followed by 4 hours stirring to 

produce a homogenous melt. The crucible was then 

removed from the furnace and left to cool until a 

high enough viscosity was reached to pour a block 

with no striations.  

The blocks were cast into a steel mould and 

annealed at 750°C for 1 hour and cooled at 2°C/min 

until room temperature. Once the glass blocks had 

been poured, the remaining melt was heated above 

the liquidus temperature and allowed to cool to a 

visually appropriate fibre drawing viscosity. A silica 

rod was then used to up draw fibres from the melt by 

hand as proof of fibre forming ability. 

 

2.2 Epoxy resin samples 

Epikote 828 (diglycidyl ether of bisphenol-A 

(DGEBA)) and 4,4'-Diaminodiphenylsulfone (DDS) 

were mixed 100:30 respectively at 120°C until the 

DDS fully dissolved. This was then degassed at 

80°C for 10 minutes and poured on to a mould 

released glass sheet and cured using the following 

schedule: 

 Ramp to 120°C at 2°C/min 

 Dwell at 120°C for 2 hours 

 Ramp to 185°C at 2°C/min 

 Dwell at 185°C for 6 hours 

 Ramp to 20°C at 2°C/min 

2.3 Sample preparation 

Sections were cut, ground and passed through a   

200µm sieve for X-ray diffraction (XRD).  

3K:3Nb:5Si and 2K:3Nb:5Si samples were heat 

treated to further crystallise samples to enabling 

crystallisation peak determination. This was done 

using the following heating cycle: 

 Ramp to 1100°C at 5°C/min 

 Dwell at 1100°C for 2 hours 

 Ramp to 20°C at 5°C/min 

Samples for ellipsometry, UV-vis and FTIR 

spectroscopy were cut from the blocks and ground to 

parallel using and range of oxide papers and finished 

on one side using 6 and 3µm diamond paste and 

cerium oxide polishing. The back face of the 

samples was roughened to reduced backside 

reflections.  

2.4 Experimental procedures 

Powder x-ray diffraction XRD was performed on 

samples to check for any crystallinity. This was done 

using a Siemens D5000 XRD with a CuKα radiation 

at 0.4 degree per minute from 15-60 degrees. 

Crystalline phases were matched using PDF4+ 

software. 

Differential thermal analysis (DTA) was performed 

on powdered samples by thermally cycling the 

samples twice using the following heating regime: 

 Ramp to 1400°C at 10°C/min 

 Ramp to 20°C at 10°C/min 

 Ramp to 1400°C at 10°C/min 
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The first heating and cooling cycle was undertaken 

to remove thermal history from the sample. DTA 

was performed on samples to determine Tg and any 

crystallisation peaks. 

Ellipsometry was performed on a Horiba-Yvon 

UVISEL spectroscopic ellipsometer. The raw data 

was used as only a single layer was present, so the 

data could be directly converted to RI. 

UV-vis spectroscopy or Fourier transform infra-red 

spectroscopy (FTIR) was performed on samples to 

determine the absorption window.  

Viscometry was measured using a Brookfield DV-

III Ultra Rheometer with an alumina crucible and 

spindle. Samples were run from 1450°C to 1000°C. 

The liquidus point was measured using a thermal 

gradient liquidus furnace with a 17cm mullite “boat” 

crucible with a 5°C/min ramp to 1250°C and left to 

dwell for 24 hours. During this time temperatures 

were measured along the top of the crucible. After a 

24 hour dwell the crucible was quenched in air and 

left for visual examination. 

Density was measured by averaging 5 samples using 

a Mettler Toledo 4 figure balance with a density kit. 

3. Results and discussion  

3.1 Glass melts and fibre drawing 

The visual appearance of glass melts are given in 

table 3: 

Table. 3. Visual appearance of melts. C = Crystalline 

T = Transparent 

Composition Appearance 

3K:3Nb:5Si C 

2K:3Nb:5Si C 

Li:Nb:Si T 

Li:Ti:Nb:Si C 

Ca:Al:Nb:Si T 

E-glass -5%Al + 5%Nb T 

H-glass T 

H-glass –Ti +La C 

 

The first glasses melted shown in table 1 crystallised 

upon pouring blocks apart from Li:Nb:Si which was 

successfully poured and fibres were drawn. 

Potassium niobium silicate batches could be formed 

into glasses upon splat quenching between steel 

plates however, this was unsuitable for fibre 

forming. The addition of titanium to Li:Nb:Si caused 

instant crystallisation even upon splat quenching. 

 

All of the modified structural glasses apart from the 

lanthanum modified H-glass produced transparent 

glasses and uniform fibres with, no crystalline 

regions. The addition of lanthanum to H-glass 

caused crystallisation upon pouring and splat 

quenching. 

 

3.2 XRD 

XRD scans are shown in figure 2-8. Li:Nb:Si, 

Ca:Al:Nb:Si, E-glass -5%Al + 5%Nb and H-glass 

are all X-ray amorphous.  

The other samples were all matched and crystalline 

phases are shown in table 4.  

Table. 4. Determined crystal phases markers 

correspond to markers on graphs; figures 2,3,5 and 9 

respectvely. 

 
 

 
  

3K:3Nb:5Si K3Nb3O6Si2O7 K3Nb8O21 - 

2K:3Nb:5Si K1.8Nb5 O15 K Nb Si2O7 - 

Li:Ti:Nb:Si 
Li1.075Nb0.625 

Ti0.45 O3 
Ti O0.71 Li Ti O2 

H-glass –Ti 

+La 

Sr0.167La4.667 

(SiO4)3 O1.167 

Zr1.32Al1.8 

Si0.88 
- 

 

It can be seen that bBoth potassium niobium silicate 

samples crystallised to form potassium niobium 

oxides and potassium niobium silicate phases. The 

addition of titanium to Li:Nb:Si caused the 

formation of lithium niobium titanium oxide and 

lithium titanium oxide.  
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3.3 DTA 

Glass transition temperatures and crystallisation 

temperatures are given in table 5. 

Table. 5. DTA data for glasses ΔT= Tx- Tg 

 Tg (°C) Tx (°C) T2x (°C) ΔT 

Li:Nb:Si 702 943 1093 241 

Ca:Al:Nb:Si 808 1246 1320 438 

E-glass + 5%Nb 807 1152 1303 345 

H-glass 789 990 1149 201 

 

All glasses have relatively large differences between 

glass transition and crystallisation temperatures 

demonstrating they are all stable glasses.  

 

3.5 Density 

Table. 6. Density data for glasses 

Composition Density (g/cm
-3

) 

Li:Nb:Si 3.217 

Ca:Al:Nb:Si 3.112 

E-glass -5%Al + 5%Nb 2.858 

H-glass 3.779 

E-glass 2.620 [15] 

 

All of the glasses have high densities as expected 

especially H-glass which is 44.23% higher than that 

of E-glass. This factor prevents these glasses from 

being used as the only reinforcing fibre within a 

composite. However, co-mingling with other 

structural fibres could produce a composite with 

sensing capabilities with a minimal impact on the 

composites final weight. 

 

3.6 Ellipsometry 

Figure 2 demonstrates the ellipsometry results of the 

glasses and resin sample. 828 (DEGBA) was used as 

a reference point for the new glass fibres. Fused 

silica was used to check the calibration of the 

instrument. The values were consistently low and 

thus a correction based on the fused silica values has 

been applied to all the data shown. 

Li:Nb:Si produced a high refractive index in 

comparison to its density, this could be due to the 

effect of lithium on the glass network causing a 

shrinkage and consequently a high electron density 

resulting in a high refractive index [11].  However, it 

was decided to not continue with the Li:Nb:Si glass 

due to its use of Li which would reduce its chemical 

durability in comparison to the structural glasses 

with no alkali content. 

The addition of Nb to the aluminosilicate and E-

glass compositions gave an increase in refractive 

index as expected. However, H-glass possess a high 

RI more suitable to damage sensing in comparison 

to the other niobium modified aluminosilicate 

glasses which would cover other potentially higher 

refractive index resin systems. Consequently the 

following work concentrates on H-glass.  

 

3.7 UV-vis-FTIR 

Figure 1 shows a combination of UV-vis and FTIR 

spectroscopy absorption data for H-glass; the scan 

changesfrom UV-vis to FTIR at 3000 nm. The 

absorption edge is around 2700 nm and is most 

likely due to Si-OH bonding. However, this will 

allow for cure and moisture ingress monitoring by 

FEWS as stated in the introduction. The artefact at 

860 nm is a change in the lamp used. 

 

 

Fig. 1. A combination of UV-vis and FTIR 

spectroscopy changing at 3000nm to give the 

absorption edges of H-glass. 
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Fig. 2. Raw ellipsometry data of glasses and resin samples. A correction factor has been applied to the data 

using the fused silica values.

3.8 Viscometry and liquidus measurement 

The viscometry data demonstrated a 1117°C (±5°C) 

log(2) fibre forming as shown in figure 3. This is 

slightly higher than the temperature of 1098°C 

reported by with Naka et al [14]. This could be due 

to Al2O3 impurities introduced from the crucible. 

The liquidus temperature for H-glass was measured 

at 1176°C (±5°C). This gives a fibre forming 

temperature window of 59°C.  

 

Fig. 3. Viscometry data for H-glass 

4. Conclusion and future work 
Preliminary work has demonstrated that H-glass is a 

potential candidate glass for damage/cure/moisture 

ingress monitoring as it is optically suitable and 

likely to display good mechanical properties. Further 

work is in progress to optimize the glass 

composition for fibre drawing. Once fibres are 

produced, the work will progress towards testing the 

fibres for chemical and damage sensor applications. 

 

 

Fig. 4. XRD scan of 3K:3Nb:5Si 
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Fig. 5. XRD scan of 2K:3Nb:5Si 

 

Fig. 6. XRD scan of Li:Nb:Silicate glass 

 

Fig. 7. XRD scan of Li:Nb:Ti:Si 

 

Fig. 8. XRD scan of Ca:Al:Nb:Si 

 

Fig. 9. XRD scan of E-glass –5%Al +5%Nb 

 

Fig. 10. XRD scan of H-glass 
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Fig. 11. XRD scan of H-glass –Ti +La 

 

Figure 12 DTA of Li:Nb:Silicate 

 

Fig. 13. DTA of Ca:Al:Nb:Si 

 

Figure 14 DTA of E-glass –5%Al +5%Nb 

 

Fig. 15. DTA of H-glass 
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1 Introduction  

At recent times, the demand of high performing but 

economically producible lightweight materials for 

automotive applications is growing. Long fiber 

reinforced thermoplastics (LFT) can meet these 

criteria if the part design is reasonably adapted to the 

respective load cases. In order to fully enable the 

material’s potential in lightweight construction and 

to take advantage of the basically good strength to 

density ratio, an appropriate dimensioning is 

mandatory to avoid large safety factors which would 

reduce the advantage over traditional construction 

materials. Hence the complete process chain of the 

parts produced by injection or compression molding 

has to be taken into account as the resulting 

mechanical properties strongly depend on the 

microstructure which itself is influenced by the local 

flow field during fabrication and so the part 

geometry in the end. If significant static loads are 

present, the creep behavior of the composite must be 

accounted for which depends together with stiffness 

and strength on the complex microstructure of the 

material. In this work, the viscoelastic properties of 

the pure polypropylene matrix determined from 

creep tests of substance specimens are implemented 

into a microstructural finite element (FE) simulation 

of the composite and the results are compared to 

those of experimental creep tests of LFT specimens. 

Thus, the effective viscoelastic behavior for a 

realistic microstructure based on measured fiber 

orientation and length distributions can be 

determined and compared to virtual materials with 

different fiber length while keeping the orientation 

and volume content almost constant. This improves 

the understanding of the material in general and the 

role of fiber length in particular. Additionally, the 

homogenization procedure by microstructural 

simulation, which is essential for process chain 

based component assessment, can be validated. 

2 Methods 

2.1 Microstructure generation 

The applied structure generation method was 

presented in [1]. A custom made software tool 

creates a stack of fibers which correspond to the 

given fiber orientation distribution (FOD) and fiber 

length distribution (FLD). The FOD of a 

characteristic LFT specimen was extracted from 

computer tomographic scans whereas the FLD was 

determined by an automated analysis procedure 

applied on the diluted fiber lattice of an incinerated 

specimen. The volume fraction was calculated from 

mass flow values of the LFT fabrication procedure. 

The generated fiber stack is then compressed by a 

FE simulation and fiber waviness develops due to 

the contact between the fibers. 

As soon as the desired value for fiber volume 

fraction (vf) is reached, the deformed fiber mesh is 

placed into a cuboid frame which forms the border 

of the representative volume element (RVE) and the 

remaining gaps are filled with elements representing 

the matrix. 

Fig. 1 and 2 show an exemplary RVE while the 

generation procedure is illustrated in Fig. 3.  

 
Fig. 1. RVE (dimensions 5 x 5 x 0.16 mm³) 
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Fig. 2. Mesh detail (dimensions 1 x 1 x 0.1 mm³) 

 

 
Fig. 3. Microstructure generation procedure 

presented in [1] 

2.2 Modeling of viscoelasticity 

The contribution of the glass fibers to the time-

dependent deformation behavior of the composite is 

neglected. They are given time-independent, 

isotropic elastic properties. The polypropylene 

matrix is represented by the Burgers model 

(Fig. 4) to describe a viscoelastic, time-dependent 

isotropic response. The model consists of a Maxwell 

(spring and dashpot in series) and a Kelvin-Voigt 

element (spring and dashpot parallel) and therefore 

features the behavior of a fluid (Maxwell) as well as 

a solid (Kelvin-Voigt) which is characteristic for an 

ideal thermoplastic material. After the relaxation of 

the Kelvin-Voigt element, the model exhibits a 

stationary creep rate depicted by the free dashpot. 

This is in accordance to the assumption that under 

constant load, the polymeric chains of an ideal 

thermoplastic can slip and unfold until infinite time 

due to the missing side chain network of a 

thermoset. Equation (1) shows the time-dependent 

strain for the uniaxial load case under a constant 

stress σ0.  

 
Fig. 4. Rheological notation of the Burgers model 

 

 
(1) 

 

In order to generalize the model to a three 

dimensional formulation, both shear and bulk parts 

of viscoelastic deformation are assumed to be time-

dependent and so the Poisson’s ratio remains 

constant over time. The incremental formulation of 

the model is taken from [2] and [3], as well as a 

recursive algorithm based on viscoelastic hereditary 

integrals which is used for the numerical efficient 

implementation by means of a user subroutine 

UMAT into the FE code ABAQUS® 6.11. Thus, 

large RVE structures with up to 10 million elements 

can be analyzed in a reasonable time.  

 

The four parameters E0, E1, η0, η1 of the original 

model remain constant describing linear viscoelastic 

behavior. This does not match the experimental data 

which exhibits strong stress dependence. As 

consequence the model was modified to a stress-

dependent formulation to account for the observed 

nonlinear viscoelastic behavior. The parameters E1, 

η0, η1 of the modified Burgers model become 

functions of an indicator stress σind which is defined 

by condition (2), 

 

 

(2) 
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with σM being the v. Mises equivalent stress and σP 

the hydrostatic pressure. Outside the experimentally 

investigated range from 2.5 to 12.5 MPa, linear 

viscoelasticity is assumed and E1, η0, η1 are kept 

constant. The stiffness of the free spring E0 is always 

kept constant in order to represent the instantaneous 

linear elastic response of the model as observed in 

experiments. 

 

In order to account for the stress dependent 

parameters, an iterative predictor-corrector approach 

was implemented in the UMAT subroutine. At the 

beginning of each UMAT run, a trial stress 

increment is calculated under consideration of the 

model parameters from the former time step. Based 

on the trial stress, the model parameters are updated 

and the trial stress increment is calculated backwards 

to an equivalent trial strain increment ∆εtr using the 

updated parameters. Now, the strain increment 

provided by the FE code ∆ε is subtracted from the 

trial strain increment and a residual ∆εres is formed. 

The residual is then minimized by an iterative 

Newton-Raphson algorithm until a trial stress is 

found which satisfies the convergence criterion (3). 

 

 
(3) 

 

3 Results  

3.1 Microstructure modeling 

Table 1 gives an overview about the four generated 

RVE variants. Aim of the study is to keep the FOD 

and volume fraction almost constant while 

incorporating various FLD. 

Table 1. Overview about the analyzed RVE variants 
 

RVE Dim. [mm³] vf [%] Elements 

1 – random 5 x 5 x 0.181 12.99 4.8 ⋅ 10
6
 

2 – measured 5 x 5 x 0.265 12.92 7.0 ⋅ 10
6
 

3 – AR 10 5 x 5 x 0.109 13.09 3.2 ⋅ 10
6
 

4 – AR 100 5 x 5 x 0.278 13.10 7.3 ⋅ 10
6
 

RVE 1 features a so-called random FLD resulting 

from a former version of the fiber generator tool 

which did not take into account a specified FLD. 

Thus, the start points of the fiber extrusion vectors 

are distributed randomly in the RVE base area and 

fibers have been cut at the RVE borders. 

RVE 2 incorporates a measured FLD determined by 

the company IDM Systems [4]. 

RVE 3 represents a uniform FLD with an aspect 

ratio (AR) of 10 (fiber length 0.17 mm) which is 

typical for a traditional short fiber reinforced 

composite. 

RVE 4 is based on a uniform FLD with AR 100 

(fiber length 1.7 mm) which is close to LFT. 

All RVE variants exhibit a fiber volume fraction 

close to the calculated value of 13.22 % from 

measured mass flow rates during manufacturing. 

In Fig. 5 the experimental two dimensional FOD 

from computer tomography (CT) analysis of a 

characteristic LFT specimen is compared to that of 

the investigated RVE variants. The 2D FOD have 

been determined by image correlation for both CT 

and RVE data in order to be comparable as 

described in [1]. They represent an integrated value 

over the analyzed specimen / RVE thickness with 

the thickness direction being normal to the fiber 

plane where the fibers of each layer do align. This 

simplification can be made because the layered 

structure is a direct consequence for values of fiber 

length which are significantly larger than the 

specimen thickness as it is the case for the 

investigated material. A CT scan of a characteristic 

LFT specimen is shown in Fig. 6 with the arrow 

marking the 0° direction of Fig. 5. The RVE 

distributions shown in Fig. 5 are mostly in good 

agreement to the experimental one.  

 
 

Fig. 5. In-plane fiber orientation distributions of CT 

scan / FE-Mesh 
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Fig. 6. CT scan of a characteristic LFT specimen 
 

Fig. 7,8 (9,10) show the FLD for RVE 1 (RVE 2) 

normalized by amount / volume. For the measured 

distribution, fibers longer than 4.7 mm have been cut 

to 4.7 mm to fit inside the RVE base area of 

5 x 5 mm². The resulting peak is marked by an arrow 

in Fig. 9/10. The original experimental data exhibits 

a maximum fiber length of approx. 50 mm which 

could not be implemented into the structures 

analyzed in this work due to computational cost.  
 

 
 

Fig. 7. FLD for RVE 1 (random) norm. by amount 
 

 

 
 

Fig. 8. FLD for RVE 1 (random) norm. by volume 

 

 
 

Fig. 9. FLD for RVE 2 (measured) norm. by amount 

 

 
 

Fig. 10. FLD for RVE 2 (measured) norm. by vol. 

Care must be taken while interpreting the FLD 

especially for distributions normalized by amount. 

Fig. 9 indicates that the majority of fibers exhibits a 

length well below 1 mm whereas the amount of 

longer fibers might be negligible. The same 

distribution normalized by volume - or total 

incorporated fiber length due to the constant fiber 

cross section - depicted in Fig. 10 reveals that 20% 

of the total fiber length of RVE 2 are assigned to a 

value of 4.7 mm and the section between 1 mm and 

4.7 mm is at least the same volume fraction as the 

section below 1 mm. 

In Fig. 11-14, cuttings of the fiber network (matrix 

elements are blinded out) of all RVE variants are 

depicted with dimensions of approx.  

2.5 mm x 1 mm x RVE thickness. Because of the 

different thicknesses of the RVEs, it seems that the 

structures are not equally dense. Actually, this is not 

the case as the values for fiber volume fraction 

deviate only negligibly (Table 1). 
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Fig. 11. RVE 1 (top: fiber plane, bottom: cross sect.) 

The arrow marks the 0° direction (Fig. 5, 6). 

 

 

Fig. 12. RVE 2 (top: fiber plane, bottom: cross sect.) 

The arrow marks the 0° direction (Fig. 5, 6). 

 

 

Fig. 13. RVE 3 (top: fiber plane, bottom: cross sect.) 

The arrow marks the 0° direction (Fig. 5, 6). 

 

 

Fig. 14. RVE 4 (top: fiber plane, bottom: cross sect.) 

The arrow marks the 0° direction (Fig. 5, 6). 

 

3.2 Viscoelastic matrix properties 

Uniaxial creep and recovery tests of a period of 

6 ⋅ 10
5
 s each were carried out with matrix substance 

specimens from DOW® C711-70RNA 

polypropylene resin containing all additives and 

stabilizers used in the composite. Fig. 15 shows the 

Burgers model response (equation 1), fitted to each 

of the investigated stress levels. A strong nonlinear 

dependency on stress is observed which can be 

described through the stress dependent parameters of 

the modified Burgers model shown in Fig. 16 to 18 

as symbols. The solid lines show the logarithmic 

functions which are implemented into the material 

subroutine in order to express the stress dependence. 

The dashed lines represent a second set of functions 

which corresponds to a virtually softened material 

behavior. This is needed to account for effects of 

mesh dependency described in section 3.3. 

The instantaneous stiffness represented through the 

parameter E0 is set to 1310 MPa for the original 

material and to 1050 MPa for the softened material, 

respectively. 

 

 

Fig. 15. Burgers model fitted to creep tests of 

polypropylene matrix substance specimens under 

varying stress levels 
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Fig. 16. Stress dependence of E1 and fit curves 

(solid line original, dashed line softened) 

 

 

 

 
 

Fig. 17. Stress dependence of η0 and fit curves 

(solid line original, dashed line softened) 

 

 

 

 
 

Fig. 18. Stress dependence of η1 and fit curves 

(solid line original, dashed line softened) 

 

 

3.3 Viscoelastic composite properties 

Creep simulations of a load period of 6 ⋅ 10
5
 s were 

carried out for 0° and 90° orientation relative to 

mean fiber direction (peak in Fig. 5) at different 

stress levels (10, 30, 50 MPa in 0° and 7.5 MPa in 

90° direction). Because of the complexity of the 

structure, no periodic boundary conditions were used 

and therefore stress and strain localizations result at 

the RVE borders where the displacement governing 

boundary conditions / the load is applied. 

In order to determine the effective properties of the 

RVE, a free measure length was defined by two 

node sets in analogy to the experimental procedure 

where the strain is measured by an extensometer. 

Fig. 19 shows the definition of the node sets which 

are outside the heavily deformed region at the RVE 

border. The picture shows the v. Mises equivalent 

strain in the matrix elements for the highest 

investigated stress level of 50 MPa.  

 
 

Fig. 19. Contour plot of v. Mises equivalent strain 

(deformation scale factor 5), definition of node sets  
 

Fig. 20 to 22 compare microstructural creep 

simulations with creep experiments of LFT 

specimens for 0° orientation. In general, all three 

RVEs with fiber lengths related to LFT (RVE 1, 2 

and 4) are in moderate to good agreement with the 

experiments. RVE 3 with AR 10 is far too compliant 

and the short fibers are obviously not able to slow 

the creep down as the longer fibers in the real 

material do. RVE 2 with the measured FLD features 

the best accordance to the experiments at all 

investigated stress levels. For 10 and 50 MPa, the 

deviation is within the experimental measurement 

error of approx. 0.001 absolute strain. The larger 
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deviation at 30 MPa stress level is likely because of 

experimental scatter. RVE 1 and 4 are also within 

the experimental measurement error for the lowest 

stress but behave significantly too stiff for higher 

loads. It is remarkable that the creep rate of RVE 4 

is higher than that of RVE 1 and 2 but its strain at 

the beginning of the load period is lower than that of 

RVE 2. In general, the same arrangement of all 

creep curves can be observed for all stress levels, but 

the differences increase with increasing load. In 90° 

orientation where much less fibers are aligned in 

load direction, the differences between the RVEs are 

less significant and all LFT RVEs (1, 2, 4) are in the 

range of the experimental measurement error (Fig. 

23). Only RVE 3 with AR 10 shows a remarkable 

deviation from the experiment. 
 

 
 

Fig. 20. RVE simulation results and creep 

experiment for 0° orientation and 10 MPa stress 
 
 

 
 

Fig. 21. RVE simulation results and creep 

experiment for 0° orientation and 30 MPa stress 

 
 

Fig. 22. RVE simulation results and creep 

experiment for 0° orientation and 50 MPa stress  
 

 
 

Fig. 23. RVE simulation results and creep 

experiment for 90° orientation and 7.5 MPa stress  
 

In order to be able to analyze RVEs which contain a 

significant part of the real FLD and thus the here 

presented relatively large structures of 5 x 5 mm² 

base area and up to 10 million elements, the fibers 

can only be modeled with a single quadrilateral, 

linear element over the cross section and the matrix 

with linear tetrahedral elements for computational 

performance reasons. Therefore mesh convergence 

is not reached and strain localizations might not be 

displayed correctly because of the numerically 

inexpensive elements with linear approach resulting 

in a constant strain field within the element. In order 

to analyze the mesh dependency, a smaller structure 

of 1 x 1 x 0.1 mm³ (approx. 0.15 million elements) 

was meshed with a single linear quadrilateral 

element, 16 linear quadrilateral elements and 2 

quadratic tetrahedral elements per fiber cross section, 
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which was kept square. The tetrahedral matrix 

elements remained linear for both fiber variants with 

linear elements and were changed to quadratic 

elements for the variant with quadratic fiber 

elements. No difference can be observed for the fine 

linear and the coarse quadratic mesh which means 

that convergence is reached for both variants. The 

deviation of the coarse linear, non-converged mesh 

(1 linear quadrilateral element with reduced 

integration) from the converged mesh is approx. 8% 

in instantaneous stiffness. As a consequence, the 

matrix behavior was softened until only negligible 

deviation of the creep curves could be observed 

between the coarse, non-converged mesh in 

combination with the softened material data and the 

converged mesh with the original material data for 

two different structures and two different stress 

levels. The comparison between the different mesh 

variants and the calibration of the softened material 

behavior is shown in Fig. 24 for one exemplary 

structure at the highest stress level. 
 

 
 

Fig. 24. Comparison between different mesh 

variants of a small RVE (1 x 1 x 0.1 mm³, 0.15 

million elements) and a stress level of 50 MPa 
 

The resulting softened matrix behavior is shown as 

dashed lines in Fig. 16 to 18. Fig. 20 to 23 

incorporate the softened matrix behavior in 

combination with the coarse mesh. In Fig. 25, the 

creep curves of RVE 2 and 3 are shown for 0° 

orientation and 50 MPa load for both original and 

softened material data using the coarse mesh as only 

option for the large RVEs (5 x 5 mm² base area) due 

to computational cost. It can be observed that almost 

no difference results for the LFT structure of RVE 2 

whereas the deviation is significant for RVE 3 with 

AR 10. In the worst case, softened and original 

results might act as upper and lower bounds for the 

creep curves of RVE 3. However, the 

meaningfulness of the studies of Fig. 20 to 23 is 

ensured. 
 

 
Fig. 25. Comparison of original (solid) and softened 

(dashed) material data for RVE 2 and 3 
 

In Table 2, the elastic moduli of the analyzed 

structures are compared to experimental values from 

quasi static tensile tests on an electro mechanical 

testing machine. They represent the mean value of at 

least three valid specimens. For 0° orientation, 

RVE 2 which exhibits the best accordance to the 

creep curves shows an instantaneous stiffness of 

5985 MPa which is significantly too low compared 

to the experimental value of 7834 MPa. On the other 

hand, RVE 1 which behaves too stiff in the creep 

experiments shows the best match to the 

experimental elastic stiffness for 0° orientation. A 

part of the deviation in stiffness of RVE 2 might be 

caused by the FOD which is slightly not sharp 

enough and therefore results in a too high amount of 

fibers between +30 and +80° (Fig. 5). This 

corresponds to the fact that RVE 2 features a higher 

elastic stiffness for 90° direction compared to RVE 1. 
 

Table 2. Instantaneous elastic moduli 
 
 

RVE E11 [MPa] E22 [MPa] 

1 – random  7367 2344 

2 – measured  5985 2706 

3 – AR 10 3574 1879 

4 – AR 100 7212 2417 

Experimental 7834 3251 
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Another explanation is that the RVE edge length of 

5 mm is still too small to consider the effects of the 

longest fibers which are up to about 50 mm in reality. 

However, analysis of the Halpin-Tsai equations [5] 

for a virtual unidirectional composite shows that 

90% of the stiffness saturation value is reached for 

an AR below 300 which is the corresponding value 

for 5 mm fiber length (Fig. 26). Therefore it seems 

more likely that the measured FLD of RVE 2 might 

not contain enough long fibers to explain the 

experimentally determined elastic stiffness. 

Although the automatic scanning and analysis 

procedure to determine the FLD [4] can be 

considered as reliable, the results still depend on 

manual selection of several fiber batches which 

might distort the analysis. 

 
 

 
 

Fig. 26. Halpin-Tsai [5] plot for vf  = 0.13, 

EMatrix = 1400 MPa, EFiber = 72000 MPa 

 

If RVE 1 is considered as more realistic because of 

the better fit in instantaneous stiffness, another time-

dependent, inelastic deformation mechanism must 

be existent besides the pure viscoelastic matrix 

behavior, as the creep response of RVE 1 is 

significantly too stiff. 

 

A reasonable assumption might be the presence of 

successive interface damage during the creep load 

period. 

 

In the following study, cohesive zone elements 

(thickness 0.01 µm) with a simplified mechanical 

behavior governed by a traction-separation law 

without coupling between normal and shear 

components of the elastic stiffness matrix

(equation 4) have been implemented in between 

fiber and matrix elements.  

 

 

(4) 

 

The indices n, s and t refer to the normal, the first 

shear and second shear direction, respectively. The 

stiffness coefficients K have been chosen to a 

sufficiently high value so that the elastic response of 

the RVE with implemented cohesive zones but 

without considering cohesive damage has not 

changed significantly compared to the original RVE 

without cohesive elements. 

 

A quadratic damage initiation criterion (5) was used, 

being σn, s, t the stress and σmax
n, s, t the strength in 

normal, first and second shear direction, respectively. 

The < > operator effects that no normal pressure 

stresses will cause any damage. The values for 

σmax
n, s, t have always been set equally to the referred 

values in the following study. 

 

 
(5) 

 

For the description of damage evolution, a linear 

softening, energy-based approach was chosen. The 

scalar damage variable D with an initial value of 0 

corresponding to undamaged state increases linear 

with nodal displacement after damage initiation until 

it reaches a maximum value of 1. The current 

stresses σn, s, t are related to the undamaged stresses 

σ0
n, s, t after (6): 

 

 (6) 

 

Again, negative normal stresses have no effect. The 

softening continues until the value for the element’s 

fracture energy, calculated by the FE-code from the 

specified energy release rate, is reached. No mode-

dependency of damage evolution has been specified. 

 

Reference values for the interface shear strength of 

13.5 to 18 MPa and for the energy release rate of 

2.96 to 4.7 J/m² are taken from [6], [7] for glass fiber 

/ polypropylene composites. 
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It needs to be emphasized that only little information 

about manufacturing conditions and matrix 

constituents (i.e. exact polymer formulation, use of 

stabilizers or coupling agents) is available for the 

literature values. Thus they can only be treated as a 

rough estimation because the interface properties 

can vary significantly for different constitutions and 

fabrication conditions of the polymeric matrix 

system. Nevertheless, the literature data is helpful as 

a reference to carry out a parametric study to 

incorporate interface damage into the 

microstructural model and to give an estimation of 

the role of interface effects with respect to the creep 

behavior of LFT. 

 

Because of the complexity of the model, not the full 

RVEs could be analyzed. Therefore, a stripe of 

0.5 x 5 mm² was cut from RVE 1 with the long side 

parallel to the mean fiber direction and only the very 

beginning of the load period until at maximum 

10000 s was analyzed. Fig. 27 to 30 show the creep 

behavior for varying interface properties (strength, 

energy release rate) of the cropped variant of RVE 1 

which is called RVE 1* from now on.  

 

As many fibers have been cropped at the cutting line, 

the overall compliance of RVE 1* (without cohesive 

elements) is somewhat increased compared to the 

response of the original, 5 x 5 mm² sized RVE 1. To 

improve the readability of the data, all creep curves 

of RVE 1* have been offset by the difference in 

strain between RVE 1 and RVE 1* without cohesive 

elements. Thus the solid reference curve of RVE 1* 

without implemented damage is almost equal to the 

response of the original, plain variant of RVE 1. 

 

Fig. 27 shows that the literature value for the 

interface energy release rate of approx. 5 J/m² results 

in significantly too compliant material behavior for 

interface strength values of 15 – 35 MPa. Because in 

reality, a fraction of the damage evolution energy 

release rate also originates from post damage friction 

between fibers and matrix, which cannot be 

incorporated separately into the model, it seems to 

be appropriate to increase the value for the interface 

energy release rate. Fig. 28 to 30 consider values of 

10 – 20 J/m². The results are in general more 

reasonable. In detail, values of 15 J/m² (interface 

strength chosen to 10 MPa) and 20 J/m² (7.5 MPa) 

yield the best match to the shape of the experimental 

creep curve. The discontinuous slope of some curves 

is likely because of numerical discretization effects.  
 

 
 

Fig. 27. Creep properties of RVE 1* for various 

interfacial strength values and an energy release rate 

of 5 J/m² 
 

 
 

Fig. 28. Creep properties of RVE 1* for various 

interfacial strength values and an energy release rate 

of 10 J/m² 
 

 
 

Fig. 29. Creep properties of RVE 1* for various 

interfacial strength values and an energy release rate 

of 15 J/m² 
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Fig. 30. Creep properties of RVE 1* for various 

interfacial strength values and an energy release rate 

of 20 J/m² 

 

In Fig. 31, the two best performing variants of the 

short-time screening presented in Fig. 27 to 30 with 

interface properties of 10 MPa / 15 J/m² and 7.5 

MPa / 20 J/m² have been analyzed for a longer time 

period. It can be observed that above 10000 s, their 

behavior is significantly too compliant and thus the 

interface strength values are likely chosen somewhat 

too low. Future long-time simulations will be helpful 

to determine the interface properties more precisely. 

 

 
 

Fig. 31. Longer analyzed time period for the two 

best performing variants of Fig. 27 to 30 

 

Finally, the parametric study shows that interface 

properties close to literature (numerical 7.5 to 

10 MPa / 15 to 20 J/m², reference 13.5 to 18 MPa / 

2.96 to 4.7 J/m²) can explain the deviation of some 

microstructural simulations from experimental 

results. 

 

 

It seems to be reasonable that the numerically fitted 

values for energy release rate are significantly higher 

than the reference values because they also need to 

represent an additional part of post damage friction 

which is not implemented separately. In the end, the 

studies support the assumption that interface 

properties need to be considered for the investigated 

material at least for higher load levels. 

 

Fig. 32 shows a fracture surface of a LFT specimen 

which was frozen by liquid nitrogen to conserve the 

microstructure and to avoid energy-consuming 

deformation during fracture. A high amount of fiber 

pull-out can be observed which can be interpreted as 

another indication that significant interface effects 

will likely occur during mechanical deformation of 

the composite. 

 

 
 

Fig. 32. Fracture surface of a characteristic LFT 

specimen frozen by liquid nitrogen (scanning 

electron microscopy) 

 

 

4 Conclusions 

 

 

A microstructure-based approach to evaluate the 

creep behavior of long fiber reinforced 

thermoplastics was presented. Because of the 

numerical efficient description of the structure with 

a coarse finite element mesh, large structures which 

incorporate a significant part of the experimentally 

determined fiber length spectrum which features a 

maximum fiber length of approx. 50 mm can be 

analyzed in a reasonable time. Element studies of 

smaller structures show that although the coarse 

mesh needs to be used with care, the discretization 
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error is relatively weak and the method can be 

considered as promising to analyze even larger 

structures as the ones presented here. 

 

The time-dependent deformation of the 

polypropylene matrix was incorporated by a 

modified Burgers model which was calibrated with 

creep tests of matrix substance specimens. In general, 

a good agreement between the results of 

micromechanical simulations and experimental 

creep tests of composite specimens could be 

observed for simulations which incorporate a fiber 

length related to long fiber reinforcements and a 

experimentally determined fiber orientation 

distribution. A strong influence of fiber length on the 

creep properties could be observed while comparing 

different virtual fiber length distributions. Large 

uncertainties still remain with respect to the 

experimental determination of the fiber length 

distribution as the analyzed fiber batches were 

selected manually which might distort the results. 

 

For higher stress levels, interface damage likely 

occurs in the LFT structures. A parametric study 

shows that interface properties which are close to 

values from literature for an arbitrary polypropylene/ 

glass fiber system can explain the deviation between 

microstructural simulations and creep experiments 

for the highest investigated load level. 

 

 

 

5 Outlook 

 

 

Larger RVEs with a non-square base section 

- e.g. 25 to 50 mm length and 1 to 2 mm width - will 

be generated to take into account almost the 

complete spectrum of fiber lengths from 

experimental analysis (at maximum approx. 50 mm). 

 

Recent results of a two-part analysis, where the fiber 

lattice is first screened, the long fiber fraction is 

weighted and manually analyzed and only the short 

fiber fraction is analyzed by the automated 

procedure show a significantly higher amount of 

long fibers than the presently used length 

distribution. This will be considered for a new set of 

RVE studies and can be rated as promising to yield 

more realistic results. 

Furthermore, sub-models will be generated to 

analyze the influence of fiber length and interface 

properties more systematically incorporating 

detailed FE meshes. By this means, the deviation of 

the coarse representation of the fibers with a 

quadrilateral cross section from the round section in 

reality can be evaluated and quantified. 
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Abstract 
The production of composite components for auto-
motive applications using the RTM (resin transfer 
molding) technology still faces challenges. This 
paper focuses challenges that occur during the pre-
forming. With respect to the handling technology, 
the preforming is one of the remaining automation 
challenges in the RTM process chain. To face these 
challenges this paper suggests a concept for a form-
flexible handling technology, in called FormHand in 
this article. Further, this paper describes the applica-
tion of this concept, looks at key aspects of the reali-
zation phase for a first experimental set-up and dis-
cusses test results with a first prototype. This proto-
type already validates the features of the proposed 
concept. After a summary, this paper discusses fu-
ture research fields according to the concept of 
FormHand. 
 
1 Introduction 
The automated production of composite components 
for automotive applications in a large volume scale 
still faces unsolved challenges. Among the vast 
number of production technologies under discussion, 
numerous reports recommend resin transfer molding 
(RTM) for a high volume production especially in 
the automotive context. Though praised regularly for 
its potential to cut down cycle times in general, 
RTM requires the production of fiber preforms, 
which is time consuming and complex. Figure 1 
illustrates the RTM production process in the upper 
(blue) process chain. After the cutting of textile plies 
into desired shapes is done, these cut-outs are trans-
ported to a preforming unit. In the process step of 
preforming, tailored fiber blanks are draped into a 
near net shape and joined to form the preform. This 
process step is carried out manual or automated, 
depending on the complexity of the desired form. 
This preform has to be handled and placed within 

the RTM tool, where it is impregnated with resin 
and cured. After cooling down the RTM tool, the 
composite is withdrawn from the tool and goes to 
the finishing process step, e.g. machining, painting 
or polishing.  
The above described production process is the basis 
for the research of the current paper. A focus of the 
described research is laid on the preforming. This 
production step shows the following challenges for a 
competitive handling technology. 
 
1.1 Challenges for a handling technology in the 
preforming process 
In the RTM production process, the preforming is in 
terms of handling technologies the most crucial pro-
duction step. For this process step, there is still no 
mature automation technology available. Of particu-
lar interest is the handling (gripping and transport-
ing) of fiber blanks and the transfer from a flat ge-
ometry into a three-dimensional preform, the drap-
ing. Besides this, there are unsolved issues during 
the fixing process of different textile layers in the 
preform mold. Currently, these steps still require 
considerable manual effort, the automotive industry 
is not willing to accept.  
The lower part of figure 1 depicts the single process 
steps within the preforming. Each process step raises 
its peculiar challenges for the handling, as described 
in the following: 
1. The process chain (in red) starts with the grip-

ping of the textile patches and the transfer to the 
preform table. Fiber material (glass or carbon) 
are both limp materials and permeable to air. 
These circumstances are very challenging for a 
handling device. 

2. At the preform table the draping of the textile 
takes place. During the transformation from a 
two-dimensional plane into a near net shape the 
textiles have the tendency to form cuttings or 
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wrinkles which have to be avoided by a selec-
tive and guided draping.  

3. Once the textile is placed in its final position in 
the preform tool, it is fixed and connected to 
other layers of textiles. Usually for fixing dif-
ferent types of heating technologies are re-
quired.  

4. After fixing, the final preform is transferred into 
the RTM tool. Due to the fact that even a pre-
form of more than one layer still has a limp be-
havior it has to be handled with care. There, the 
challenge for the handling device occurs from 
the three-dimensional shape that should not be 
damaged during transporting. Also the exact 
positioning of the preform in the RTM tool has 
to be considered in the design of an appropriate 
handling device.  
 

The number of challenges shows that there is the 
need of an enhanced and specialized handling tech-
nology for preforming. One main focus must be on 
gripping of air permeable material. Another focus 
lies on the required form-flexibility to be capable of 
draping limp material into the desired shape of the 
final preform. A third focus is determined by an 
appropriate fixing technology within the handling 
tool. 
 
1.2 Development of an enhanced and specialized 
handling technology 
The technological gap of manual preform processes 
for high volume production lines, as well as the de-
scribed challenges for handling technologies during 
preforming triggered the present work at the Institute 
of Machine Tools and Production Technology (IWF) 
and Institute of Joining and Welding (ifs) of 
Technische Universität Braunschweig, Germany. 
The cooperation of these two institutes concerns the 
process chain of preforming. To improve the level of 
automation during preforming, the following re-
search approach was chosen:  
 
Encouraged by the availability of a very flexible and 
free programmable robot technology, there must be 
a way to find a flexible handling device that can 
meet the challenges of a complex preforming pro-
cess. This handling device empowers an automated 
preforming with similar results as a manual process 
with less effort. 
 
This approach leads to questions concerning the 
basic design elements for the realization of a hand-
ling technology as flexible and as capable of com-

plex tasks as the human hand. Other questions con-
cern the integration of functionalities into such a 
handling device, especially the required fixing tech-
nologies, so that the complex preforming becomes 
more competitive. 
It is obvious that only the reconstruction of a human 
hand cannot empower a production process into a 
large volume scale process. Furthermore, a more 
process specific machine concept is required. There-
fore, in the cooperation of IWF and ifs a novel form-
variable handling technology (called FormHand) is 
investigated. The research topics in the new field of 
FormHand are as diverse as the main research fields 
of the cooperating institutes. 
 
In order to find answers to the put questions, this 
paper discusses the concept and ideas behind 
FormHand and shows experimental results obtained 
during the preparation of RTM preforms. There is a 
second paper, also published at ICCM19, which 
treats “Form-Flexible Heating Devices for Integra-
tion in Preform Gripper”, [1]. It investigates im-
portant aspects of FormHand that empower the pre-
sented concept with further functions that are re-
quired for realizing a highly sophisticated perform-
ing for RTM production. Namely, the additional 
paper describes concepts for a heating or fixing 
technology that along with the here presented form-
flexible handling technology aim at the automated 
production of RTM preforms. 
 
This paper presents in the following a more detailed 
description of the conceptual design of FormHand. 
After this, the selection of materials for a first exper-
imental set-up is described. This prototype realizes 
experiences with FormHand which are illustrated in 
the second part of this paper. This part introduces 
also demo applications of FormHand. The final sec-
tion discusses first results and gives an overview on 
the future work. 
 
2 State of research 
During the investigation on form-flexible handling 
tools for an automated preform process it quickly 
turned out that at this time there are no market-ready 
technologies. But there are designs and prototypes of 
different concepts in research. All of them are cur-
rently in development. The following examples give 
an overview on concepts for preform grippers that 
cope with the same challenges as FormHand. These 
designs introduce form-flexible grippers for limp 
material to transform or drape textiles from the plane 
into a three-dimensional shape. 
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3  

The device described in [2, 3] was designed at IWB, 
Munich, Germany. The gripper, shown in figure 2, is 
constructed cylindrically and can be rotated around 
its principal axis. The surface is composed of elastic 
foam material and is made of several identical mod-
ules. Each module is individually equipped with 
valve actuators and heating elements and can be 
controlled separately. A connected vacuum genera-
tor creates an airflow, which generates a negative 
pressure inside the gripper and thus the holding 
force at the gripper surface. Gripping and releasing 
of fabrics is carried out by a rolling motion. During 
this movement the modules are activated and deac-
tivated sequentially. Dependant on the geometry of 
the work piece, the design of the end-effector can 
lead to limitations in applicability. There might be 
the need for additional support tools for draping. The 
form-flexibility is only realized by the foam material 
at the surface. In this way, the surface can adapt the 
contour of the preform tool with limited molding 
depth. The flexible surface returns to its original 
state as soon as outer forces, applied by the preform 
tool, are withdrawn. This is due to the fact, that the 
surface of the gripper cannot memorize its shape. In 
this way temporally shaping and reusing a molded 
contour into the gripper’s surface is not possible.  
There is a prototype designed at Fraunhofer IPT, 
Aachen, Germany which uses the fin-ray principle to 
adapt different contours passively, see figure 3 and 
[4]. The end-effector consists of four fin-ray ele-
ments. These elements are equipped with standard 
grasping modules such as cryo or needle grippers. 
These modules form discrete grasping positions. Its 
molding ability is limited to uniaxial curved surfac-
es. 
Another adaptive multifunctional end-effector, de-
signed at IGM, Aachen, Germany, is described in [5] 
and shown in figure 4. Like the previously described 
gripper, this end-effector has discrete grasping 
points with mounted cryo grippers. The form-
flexibility is realized by a parallelogram mechanism, 
which is actuated by a drive unit at the center of the 
gripper. Because of its kinematic structure the mold-
ing ability of this design is also limited to uniaxial 
curved surfaces. In order to improve the draping 
results, this end-effector is supported by an addition-
al draping tool that is similar to a pressure roller. 
A similar prototype for draping textiles into a three-
dimensional preform mold depicts figure 5. It was 
designed at ITA, Aachen, Germany [6]. This system 
can be equipped with needle, cryo or vacuum grip-
pers. In contrast to the end-effectors described 
above, this one has no actuated kinematic structure. 

The gripper’s surface is not form-flexible. The re-
shaping is realized with a rolling movement per-
formed by the robot arm. Therefore, this end-
effector is not as flexible as the others. 
 
Other designs [7, 8, 9] realize a passive form-
flexible end-effector that bases on jamming of gran-
ular material. In the most simple form the end-
effector consists of an elastic air-impermeable mem-
brane such as a latex balloon, which is filled with 
granular material, e.g. ground coffee. In the interior 
of the membrane, positive and negative pressure 
may be created by an external pump. If the pressure 
inside is negative, the granular material is slightly 
compressed and solidifies. This change of state is 
used to grip objects. The balloon like body of the 
gripper is pushed around the work piece in soft state. 
Then it is hardened. With such a device, objects are 
handled by form closure only. The range of items to 
grip is wide, because of the high level of form-
flexibility. In the preforming process this concept is 
not applicable. A combination with working princi-
ples from the other grippers might lead to competi-
tive preforming tools. 
 
This overview shows that the related technologies 
are still in an early stage of development. The major-
ity of the grippers are considerably restricted in 
form-flexibility due to the used kinematics. Addi-
tionally, these grippers are equipped with discrete 
grasping points. Although standard components can 
be used, this limits the functionality when draping 
textiles into a three-dimensional shape. Only one 
end-effector applies a grasping mechanism that is 
situated homogenously on the surface of the gripper, 
which improves the draping performance. This con-
cept, however, is limited in its molding depth. The 
design of FormHand extends the design of the de-
scribed prototypes and recombines most promising 
features. This design is described in the following. 
 
3 Concept of a novel form-flexible handling tech-
nology 
The given overview on the state of research shows 
that there is a noticeable number of experimental 
set-ups to meet the challenges of preforming as de-
scribed in section 1.1. Still there are limitations to 
the proposed approaches. Therefore, FormHand is 
developed with a focus on gripping of air permeable 
material and a maximal form-flexibility to realize a 
draping of limp material. It is designed to realize an 
automated preforming with an integrated heating 
technology. 
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3.1 Design of FormHand 
FormHand comprises a form-flexible vacuum tool 
that can be used in different configurations during 
the preform process: as a gripper, as a draper or as a 
form tool. A more detailed description of these ap-
plications follows in section 3.2. This innovative 
concept of FormHand is ready for the integration of 
further functionalities, such as heating (further de-
scribed in [1]), actuation or sensor-based quality 
assurance. 
 
Figure 6 shows a conceptual design of FormHand 
with its main parts. The form-flexible handling de-
vice consists mainly of a base frame (1) and a cush-
ion (3). The base frame has three main functions:  
1. Supply the interface with a robot and the vacu-

um generator via a connection tube (2), 
2. Give stability to the cushion (transmission of 

process force while draping) and  
3. Integrate further components such as sensors, 

actuators or heating elements.  
The gripper cushion (3) is filled with granulate ma-
terial (4). Similar to a pillow, this gripper cushion is 
very form-flexible in a range that is allowed by the 
mobility of the granulate particles. This cushion 
distinguishes FormHand from other concepts that 
are described in section 2. The stiffness of the cush-
ion can be changed with an adjustable airstream by 
vacuum suction via the base frame. The change in 
stiffness is due to the jamming of the granulate par-
ticles within the cushion. At the bottom, the cushion 
has a porous area, the gripping area. Here, the work 
piece is ingested by the airstream through the grip-
per cushion. If these objects are flexible or limp 
material, e.g. cut-outs of a textile, FormHand can 
change their shape. With an increased airstream the 
gripper cushion becomes solid which allows a direct 
forming or draping of the textile into a mold. Fig-
ure 7 shows the realization of this concept in hard-
ware for testing the idea of FormHand in an indus-
trial environment. 
 
3.2 Application of FormHand in the RTM 
preform process 
Section 3.1 already introduced different ways of 
using the form-flexibility of the FormHand concept. 
Figure 8 shows the application of FormHand during 
preforming. In the upper line, the piled cut-outs of a 
textile are gripped by the cushion of FormHand. The 
cut-out is flat at the bottom of the cushion. In this 
state, the cushion is hardened and inflexible. As an 
end-effector, FormHand can be placed over a 
preform mold. The preform mold is denoted in 

figure 8 with A. A lower airstream increases the 
mobility of the granulate material inside the cushion. 
A higher mobility of the granulates makes the 
cushion form-flexible again. This allows the gripped 
material to be draped, see second line of figure 8. 
After fixing the actual textile layer to others in the 
mold and repeating the process, FormHand 
transports the preform to the RTM tool, marked with 
B in figure 8. There, different preforms may be 
combined. After this assembly step, the RTM tool 
closes and resin is injected. 
 
4 Selection of granular and textitle material for 
FormHand 
The description of the concept of FormHand in sec-
tion 3 makes clear, that there are two key aspects for 
a successful realization of FormHand: A suitable 
granulate material as a filling for the gripper cushion 
and a flexible textile for the cushion itself. 
This triggered an investigation with the aim to iden-
tify material requirements for the filling and for the 
cushion of FormHand. To achieve this aim, basic 
practical experiences with the behavior of candidate 
materials have to be gathered by the experimental 
use of these materials. These experiments will pro-
vide the basis for a later optimization or a specific 
design of required materials. The following sections 
describe materials that were chosen for these exper-
iments. The selection process was determined by 
two aspects: availability and diversity of the materi-
als.  
 
4.1 Selection of granulate material for the inside 
of the gripper cushion 
The investigation included granulate pallets from 
three categories:  
1. Synthetic materials such as expanded polysty-

rene (EPS), expanded polypropylene (EPP) and 
acrylonitrile butadiene styrene (ABS).  

2. Recycled and expanded glass. 
3. Biological materials such as cherry pits or rape 

seeds.  
The investigated pallets are different in material and, 
consequently, in their density, grain size, granular 
form and surface finish. Figure 9 and table 1 give an 
overview on the investigated pallet materials.  
EPP and EPS, due to their porosity, have a very low 
density (about 0.017 kg/l) and are elastically de-
formable. Its surface is slightly rough. The grains of 
EPS pallets are spherical in shape. The grain diame-
ter is approximately 4 mm. The EPP beads have a 
slight cylindrical shape and measure about 6 mm at 
its longest side. The ABS beads have a perfect 
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spherical shape and have a diameter of 6 mm. They 
have a plain surface. Because they are solid, the 
density is nearly 50 times higher than that of the 
foamed plastic materials. Moreover, they are not 
elastically deformable. The granulates of foam-glass 
are spherical, have a rough surface and are fragile. 
Their diameter is about 3 mm. The density is 
0.19 kg/l. The cherry pits have a very irregular shape 
with a slightly rough surface. The pits are inelastic. 
The rape seeds have the slightest grain diameter. It is 
about 2.5 mm. Their density is similar to that of 
ABS. 
 
With the selection of these granulates a wide range 
of different properties is covered. Low densities 
allow large volumes of cushion. High densities sup-
port the draping. Depending on the elasticity of the 
granulates, the state of jamming at negative pres-
sures can be reached or the cushion remains deform-
able. A good heat resistance of the granulates sup-
ports the integration of heating technologies for the 
fixing step while preforming. Experiments with the-
se granulates, as described in the following, have the 
aim to form a better understanding of their behavior. 
This understanding leads to a specific application of 
certain granulates for special purposes. 
 
4.2 Selection of textile material for the gripper 
cushion 
The investigation on potential materials for the grip-
per cushion identified two completely different fab-
rics: a cotton fabric and a polyester fabric. Beside 
their difference in material, the fabrics are also dis-
tinct in their weave. The single fibers of the cotton 
fabric are not firmly connected with each other. 
Therefore this fabric has a good form-flexibility. 
The close weave makes it less air permeable, so the 
cotton fabric has a higher air drag. In contrast the 
polyester fabric is not woven as closely as the cot-
ton. As a result, the air permeability is much higher. 
In addition, the single fibers are firmly connected 
with each other, which results in less form-
flexibility. The different weaves and materials effect 
on the area weight. The cotton fabric is about 14 
times heavier than the polyester fabric. Moreover, 
the selected fabrics distinguish in their heat re-
sistance. Polyester can be exposed briefly to a tem-
perature of 130°C. It melts at 225°C. Cotton, how-
ever, may be exposed for a longer period to tempera-
tures of more than 200°C. The heat resistance of the 
materials might be important during preforming, 
when different textile layer are bonded to each other. 
 

The fabrics were chosen to compare the different 
properties of the materials in practice and find out 
which effects they have on the functionality of 
FormHand. Table 2 gives an overview on the selec-
tion of textiles for the gripper cushion. On the basis 
of these practical experiences further experiments 
will be carried out.  
 
4.3 Experimental evaluation of material combina-
tions 
All mentioned materials were investigated in an 
experimental set-up, as described in the following 
section. The aim of the experiments was to deter-
mine the behavior of the selected materials while 
they are interacting in the gripper cushion. In the 
early state of the development of FormHand a gen-
eral understanding of the working principles of the 
FormHand concept is important. Being interested in 
these fundamental practical experiences, the authors 
selected a candidate set of material combinations, 
which underwent basic testing procedures. These 
test procedures were carried out with a simplified 
test set-up of FormHand. The intention of these ex-
periments is to obtain a general understanding of 
relevant performance measures and the influence of 
the design parameters involved. These results will 
guide the choice of more sophisticated elaboration 
methods to obtain sophisticated design principles 
and characterization procedures.  
The following set-up was designed to conduct the 
experiment of interest, see figure 10: a simplified 
functional model of the gripper cushion is attached 
to a vertical linear axis. The simplified cushion is 
box shaped and consists of a soft but impermeable 
foam material. At the inside it is hollowed out. In the 
experiments it will be used as clamping device for 
different materials. Samples of textile material are 
mounted to the foam material by small pins. The 
textile samples are exchangeable by removing the 
pins. At the same time the clamping device can be 
filled with different granulates. In this way any 
combination of granulates and textile can be tested. 
The axis can move the clamping device up and 
down. A storage area under the clamping device 
provides space to place fiber cut-outs. A vacuum 
generator is connected to the clamping device, so 
that fiber cut-outs can be grasped, lifted and put 
down again. A sensor in the vacuum tube from the 
generator to the functional model of FormHand 
measures the volume airflow. 
The following experimental runs were carried out to 
determine the minimal required airflow to lift carbon 
fiber blanks from a plane surface. Different sized 

ICCM19 4077



carbon fiber cut-outs (100%, 50% and 25% of the 
size of the surface of the clamping device) were 
placed onto the storage area. From there they were 
grasped and raised by the clamping device. In each 
experimental run different combinations of textiles 
and granulates were tested. In each experiment the 
air drag was measured, as figure 11 depicts. In each 
case the air flow of the vacuum generator was ad-
justed, so that the textiles were held against gravity 
force. Each experimental run was repeated thirty 
times. 
 
The data recorded in these experiments shows a 
strong influence of the material combination on the 
performance of the gripper. It turned out that granu-
lates with low density have positive influence on the 
functional behavior of the gripper. If the weight of 
the filling is too high, no sufficient large differential 
pressure can be generated. In this case a grasping of 
the textile cut-out is not possible. Due to the air 
permeability of the entire system, the jamming of 
heavy granulates cannot be achieved. As a result, the 
weight of the filling cannot be held against gravity 
force and the gripper surface cannot be reinforced. 
Lifting of textiles from the plane is then difficult. 
The low density of EPS and EPP met this criterion 
in terms of low density and showed a good perfor-
mance in combination with the tested cushion mate-
rial.  
During the selection of the cushion material the fol-
lowing has to be considered: low air permeability is 
advantageous in order to produce sufficient differen-
tial pressure inside the cushion. This has an effect on 
the required airflow rate when the gripper surface is 
covered only partially by a fabric, because a cushion 
with lower air permeability has less leakage at the 
uncovered parts of the gripper surface. The low air 
permeability of cotton fabric proved to be practical, 
whereas the permeability of the grid-like polyester 
fabric was too high.  
The best performing material combination is deter-
mined by a low airflow with a reliable grasping of 
the fiber cut-outs. Figure 11 shows that EPS pallets 
in combination with the tested cotton material per-
form best in each test case. 
 
5 Validation of the FormHand concept 
With the practical experiences from the above sec-
tions a first functional model of FormHand was real-
ized, see figure 12. 
The blue surface represents the gripping cushion. It 
is filled with small polystyrene pallets, see sec-
tion 4.1 and table 1, row 1. In the figure 12 the mod-

ule holds a cut fiber blank in the middle of the cush-
ion via an airstream provided by a vacuum genera-
tor. The figure shows the state after forming the 
cushion on a 50 mm deep mock-up (at the right) of a 
part that might be produced in carbon fiber rein-
forced plastic (CFRP).  
In summary these practical tests validated a grip-
ping, holding while transport and forming of textile 
materials with FormHand. Figure 13 depicts the 
infrastructure for carrying out the first experiments 
with a FormHand module. There is a vacuum 
generator with control at the right which is attached 
to a FormHand module (left) via a flexible hose. 
With this set-up, it was possible to carry out further 
tests for validating the concept of FormHand.  
 
5.1 Set-up for the validation of FormHand 
For rebuilding the application of FormHand from 
section 3.2 and figure 8, the prototype from figure 7 
was used. In this reconstruction the FormHand 
device is mounted to an industrial 6-dof robot arm. 
Figure 7 also shows the connected vacuum hose, 
coming from the vaccum generator, see figure 13. A 
series of tests showed, that in a semi automated 
process the concept of FormHand is performing 
well. Figure 14 shows the steps of the application of 
FormHand (at the top) with equivalent shots from 
the test series (at the bottom).  
 
5.2 Results of the validation of FormHand 
One layer of cut-out fiber material could be carried 
with the even and hardened gripper cushion, fig-
ure 14 left. The carbon fiber stays firmly at the bot-
tom of the cushion. Carrying and moving the cut-out 
at the gripper with moderate speed shows no disar-
rangement of the textile. After positioning the grip-
per cushion with the textile over a generic mold, see 
figure 14 middle, the cushion is pressed into the 
mold. At the same moment the airstream is reduced. 
In the tests the cushion could be easily inserted into 
the mold. A draping of the textile cut-out was per-
formed without any drawbacks, see figure 14 right.  
Another test series of a simple preform process 
demonstrated the preforming ability of FormHand 
with an integrated heating device, see figure 15. In 
the demo process two layers of carbon fiber are 
placed manually on a s-shaped preform mold. Hot 
melt adhesive is distributed between the single lay-
ers, see figure 15 at the left. By placing a FormHand 
module on to the preform mold the carbon layers are 
draped into it. The FormHand module is equipped 
with a heating device. The heating device activates 
the hot melt, see figure 15 in the middle. More de-
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tails of the heating and activation process describes 
[1]. The result of this demo process is shown in fig-
ure 9 at the right. With the help of FormHand it was 
possible to produce a demo preform that is ready for 
the following RTM injection process. No precon-
figuration of the tool or complex control units are 
required. Only by the design of the FormHand mod-
ule and its form-flexibilty the demomstration of this 
simple preform process could be carried out in such 
an easy way. 
 
6 Summary and outlook 
This paper introduced a novel form-flexible gripping 
and handling technology. The development of this 
concept was triggered by the technological gap of 
manual preforming and a desired high volume pro-
duction of composite. 
Particularly, the presented work aims at providing 
automation equipment to handle and drape limp 
material into a near net shape. This paper describes 
the developed concept, the selection of the needed 
materials for a first prototype realization and the 
results of tests with this prototype. All test proce-
dures showed very promising results.  
Further work will concern the integration of other 
functionalities than gripping into FormHand. This 
integration will increase the parallelization of pro-
cesses and therefore speed up the production of fiber 
preforms. Before integrating FormHand into produc-
tion processes a deeper evaluation of the discussed 
materials for the prototype realization is required. 
This paper only described a first approach for find-
ing a good combination of granulates and cushion 
textiles. A development of custom made granulates 
will start with the simulation of the granular behav-
ior inside the cushion. A next step for a better pro-
cess control is the integration of a force torque sen-
sor system into the FormHand module. With the 
generated data a better knowledge of the process 
forces is expected. This also supports the simulation 
of the granular behavior. The evaluation of energetic 
aspects is also focused in the future.  
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Figures and Tables 
 

 
Fig. 1: Process chain of a RTM production process and 
integration of FormHand. 

 

  
Fig. 2: IWB, Munich – handling and preforming with an 
elastic vacuum gripper. The draping process is realized by 
a rolling movement of the tube shaped end-effector. 

 

 

Fig. 3: Fraunhofer, IPT Aachen: handling and preforming 
of limp material with a fin-ray like gripper. Grasping and 
draping is supported by the movement of the gripper 
structure. 

 

 
Fig. 4: IGM, Aachen – handling and preforming with a 
parallelogram structure and discrete grasping elements 
(cryo or needle gripper). 

 

 
Fig. 5: ITA, Aachen – end-effector for handling and pre-
forming limp material. Cryo or needle grasping modules 
are mounted on a convex draping element. Grasping and 
draping is supported by the movement of the robot arm. 

 

 
Fig. 6: A conceptual design of FormHand with its main 
design parts. 
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Fig. 7: FormHand mounted to a six DOF industrial robot 
with connected vacuum supply. 

 

 
Fig. 8: Application of FormHand in the RTM process. 

 

 
Fig. 9: Selection of granulates: from top left: EPP, EPS, 
expanded glass, ABS, rape seeds, cherry pits. For further 
details see table 1. 

 

 

Fig. 10: Experimental set-up for testing granulate-textile 
combinations for FormHand. 
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Fig. 11: Required airflow for grasping fiber cut-outs depending on the combination of textiles and granulates, but also the 
coverage of the gripper surface. The lower the airflow, the better is the performance of material combination in the gripper. 

 
 

 
Fig. 12: Functional model of FormHand for the validation 
of gripping and forming (approx. 50 mm deep) of a textile 
material. 

 
Fig. 13: Set-up for testing the handling device. A 
FormHand module (left) connected to a vacuum genera-
tor, at the right. 
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Fig. 14: Application of FormHand in a demo process for proving the concept of a form-flexible handling technology. Left: 
grasping a cut-out of carbon fiber material at the even gripper, middle: placing the FormHand module over a transparent 
preform mold, right: FormHand lifted out of the preform mold with a molded carbon fiber cut-out. 

 

 
Fig. 15: First preforming with a prototype of FormHand. Two layers of carbon fiber textile are preformed with hotmelt 
adhesive. Left: application of hotmelt adhesive, middle: draping and fixing of textile layer, right: preformed textile layers 
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Granulate Material Density [kg/l] Diameter [mm] Form Surface/Elasticity 
EPS 0,015 4 spherical slight rough 
EPP 0,018 6 cylindric slight rough 
Expanded glass 0,190 3 spherical rough 
ABS 0,720 6 spherical plain 
Cherry pits 0,578 7 irregular rough 
Rape seeds 0,722 2,5 spherical plain 

Tab. 1: Six granulates under investigation for FormHand. Granulates are required as a filler for the gripper cushion. De-
pending on the characteristics of theses granulates a high form-flexibility of the FormHand cushion can be realized. 

 
 

Cushion material Air permeability Area density [g/m²] Heat resistance [°C] 
Cotton low 279 200 
Polyester fabric high 20 130 (briefly) 

Tab. 2: Overview on selected textile materials for the gripper cushion. This selection contains textiles with different proper-
ties and is the basis for first practical experiences with the performance in the interaction with different granulates, table 1. 
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1 Motivation  

Handling operations are a key factor for mass 

production of fiber-reinforced composites. 

Especially the handling and draping of 

air-permeable and flexible preforms is challenging.  

The gap in the production chain becomes more and 

more apparent as the need for mass production of 

fiber-reinforced composites with their excellent 

properties, such as high specific stiffness and 

strength, arises. When utilized correctly, this class of 

materials is a key element towards energy-efficiency 

and efficient use of resources. 

Another application in which fiber-reinforced 

materials offer great advantages are mechanically 

highly strained and accelerated applications such as 

machine tools and components in the automotive 

sector. A great reduction of moving masses is 

possible whilst maintaining the same, or even better, 

mechanical properties. 

In addition, fiber-reinforced plastics can be finely 

adjusted in their material and component properties 

by combining different matrix materials, fibers and 

fiber structures as well as fiber orientations. These 

properties permit the manufacturing of highly 

integrated components with multiple functionalities 

in one part. 

FRP can be divided into short fiber, long fiber and 

continuous fiber materials. Reinforcement with short 

and long fibers allows improved properties, but does 

not raise them to a level at which they could 

compete with conventional materials. For 

mechanically strained parts, and in order to fully 

utilize the before mentioned advantages of the 

material, the use of continuous fibers is necessary. 

Manufacturing of continuous fiber-reinforced 

components has so far, except for some specialized 

solutions, been a mainly manual process. One of the 

reasons for this lies in the fact that the sensitive 

textile materials cannot, or only with limitations, be 

handled with the existing automated handling 

methods. 

In order to allow mass production of FRP 

components the process chain must be fully 

automated and monitored. The so far manually 

conducted sub-processes are not feasible for mass 

production and one of the reasons why fiber-

reinforced plastics cannot yet compete with 

conventional (metallic) materials in regard to costs. 

Additionally, the poor reproducibility of manual 

production results in comparably low precision in 

placement of the fibers, furthermore underlining the 

need for a consistent and automated production 

chain. Hence it is imperative to realize an automated 

handling mechanism suited for textile blanks. 

Whereas impermeable composites can be gripped by 

classical techniques of metalworking, currently, the 

problem of automated handling of textile blanks is 

not fully solved [1]. Technical textiles and their 

structures are sensitive regarding mechanical loads 

perpendicular to grain (shear forces) [2]. The 

approaches which have been developed so far have 

significant downsides and are hence not fully suited 

for mass production. Currently most commonly 

utilized is the needle gripper technology, which 

penetrates the textile blanks, hence causing damage 

and displacement to the fibers. This results in a 

negative influence on the properties of the finished 

part. The problem of fiber displacement is also 

existent when using Bernoulli or clamp grippers. 

Use of a suction gripper is energetically highly 

inefficient due to the permeability of the material 

and also brings the risk of deformation of the 

handled textile blank. Besides improved cost 

effectiveness, automated handling offers even more 

advantages. Smaller tolerances in manufacturing 
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result in improved material utilization and 

properties. This for example allows smaller part 

dimensions whilst maintaining the mechanical 

properties, saving weight and material whilst cutting 

down on costs. 

To fulfill these new requirements, existing 

approaches were evaluated and new technologies 

were further developed at the Fraunhofer IPT. For 

the handling of air-permeable textile blanks, a new 

gripping mechanism based on electrostatic induction 

was researched and developed. Unlike common 

gripping technologies, electrostatic gripping allows 

mass-production compatible handling of flexible 

textile blanks, permitting cost-effective mass 

manufacturing of fiber-reinforced parts. The 

gripping mechanism is based on dielectric 

polarization of the gripped good, inducing evenly 

distributed attractive forces between gripper and 

gripped good.  

In addition, kinematics for adaptation of the textile 

blanks to a curved surface have been developed. 

These newly developed gripper kinematics improve 

the currently manually realized processes and permit 

automatic handling processes.  The blank is picked 

up from a flat surface (e.g. cutting table) and placed 

on a concave or convex surface without fiber 

displacement or damages. 

Furthermore, an alternative system has been 

developed for handling without an external power 

supply. This technology is based on the adhesion 

mechanism similar to the feet of a gecko and offers 

the advantage of adhesion even during a total 

breakdown of the external power supply.  

 

2 Evaluation of different methods  

During preliminary studies, different industrially 

available gripper systems (see figure 1) were 

evaluated by the Fraunhofer IPT regarding their 

gipping characteristics. Especially the gripping of 

dry, saturated and stiff fiber-reinforced parts has 

been evaluated. As fiber materials glass-, aramid- 

and carbon fibers were chosen and tested in form of 

fabric, non-crimp fabric as well as preforms.  

Different criteria such as the gripping force and 

damage to the fiber structure were monitored and 

used to create an evaluation matrix.  

All gripper systems show strengths and weaknesses 

in different applications. Hence the gripper 

technologies must be rated depending on the specific 

application. 

The following grippers were tested and evaluated 

using dry fibers, dry and saturated preforms as well 

as cured parts: Different Bernoulli grippers (see 

figure 3), needle grippers (see figure 4), fan grippers, 

vacuum grippers, bellow grippers, freeze grippers 

and adhesion grippers.  

Using the Bernoulli gripper as an example, the 

strategy can be outlined as follows: The gripping 

force of the Bernoulli gripper is created using 

airflow over the surface of the gripped good. This 

airflow results in a lowered static pressure, inducing 

a gripping force of approximately 0.2 N per module. 

Due to the airflow only little, if any, direct contact 

between gripper and gripped good occurs. Possible 

contamination from the handling process can be 

easily cleaned from the surfaces.  

The stationary air flow between gripper and gripped 

good results in constant gripping forces, allowing 

reliable pick-up and release of goods. Only little 

damage or deformation is caused by this gripper, but 

aeroelastic effects in the outer areas may damage the 

structure.  

For operation of this gripper, only the gripper itself 

as well as a source of pressurized air is required. The 

consumption of pressurized air is rather high, but the 

system is relatively affordable. Pick-up, placement 

and separation properties of the system are 

sufficient. 

Based on these characteristics a database has been 

created to allow a quick overview over the best 

suited technologies for a specific application. This 

was realized at the Fraunhofer IPT with the software 

tool “HandSup”.  
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Fig. 1. Types of existing gripper systems 
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Fig. 2. Radar chart of the Bernoulli gripper for dry 

fabrics 

 

Fig. 3. Evaluated Bernoulli gripper 

 

 

Fig. 4. Evaluated needle gripper  
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(according to Pahl/Beitz)

Test plan Rating list
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Excel rating tool

Result – radar diagram
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documentation

 

Fig. 5. Design process of the handling Software 

“HandSup” 

 

 

Fig. 6. Graphical user interface for entering the 

requirements of a particular application with 

generated evaluation results 

 

ICCM19 4087



3 Self-Adapting Gripper Kinematics 

3.1 Design Concept of the Octopus Gripper 

The Octopus gripper was developed by Fraunhofer 

IPT based on the fin-ray principle and allows an 

adaptation to curved shapes. One of the advantages 

of this technology is the fact that no actuators with 

corresponding feedback control systems are 

required. Furthermore these kinematics allow 

automatic adaptation to given convex as well as 

concave contours for the first time. The adaption of 

the gripper arm to concave surfaces is enabled by 

compressible spring elements in the upper side of 

the framework structure (see figure 7 left-side). 

 
Fig. 7. Function principle of the self-adapting arm 

and demonstration of the Octopus gripper 

 

3.2 Multifunctional Handling System 

The Octopus Gripper was designed for the handling 

of textile structures. During the deformation-free 

pick-up and handling of preforms and produced 

components, the octopus gripper kinematic allows 

an adaptation to three-dimensionally curved surfaces 

such as RTM tools, wind turbine blades or aerospace 

components such as wings or fuselages. For such 

applications the octopus gripper offers a reliable and 

affordable solution.  

The nature-based principle was implemented into a 

prototype gripper system. Besides the kinematics, 

the gripper’s interfaces, connections and orientation 

of the individual gripper modules were researched.  

The advantage in comparison to other systems based 

on the fin-ray principle is a feature which allows a 

reproducible neutral position, as the kinematics are 

locked in this position by limiting elements. This 

allows displacement- and wrinkle-free pick-up of 

goods placed on a flat surface. An adaptation to 

concave surfaces is not possible in this 

configuration, as the adaptation in this direction is 

stopped by the limiting elements. Hence this new 

system features additional elements which can be 

compressed to permit adaptation to a concave 

geometry whilst allowing a reproducible neutral 

position (see figure 9). 

Besides the capability for self-adaptation, the 

kinematics can also be positioned e.g. by a 

pneumatic cylinder at the end of the arms. By 

implementing a position-controlled mechanism a 

defined position can be set. This is realized in the 

prototype system with a three-point controller, 

whilst the use of pneumatic cylinders in combination 

with pressure regulating valves allows a defined 

contact pressure to be used. 

The utilized pneumatic cylinder is sufficient for the 

task. The correlation between pressure and force 

allows efficient control of the forces used. The 

conducted experiments showed that this force 

control is not required in the configuration with 

compressible elements in the kinematics, as these 

spring elements will give way, hence defining the 

contact pressure. Hence a position-controlled 

actuator is sufficient for operation, eliminating 

possible conflicts between force and position 

controls.  

Another challenge is the combination of these 

kinematics with gripper modules. For a working 

system, both the grippers and the kinematics must be 

combined in a functional configuration. The current 

prototype utilized needle gripper, but the kinematics 

can also be combined with Bernoulli grippers, 

vacuum grippers or electrostatic gripper pads. For all 

gripper mechanisms it is extremely important that 

the correct orientation of the gripping elements 

towards the surface of the gripped good is 

maintained. The gripper elements must follow the 

adaptation of the kinematics, but must not induce 

additional strain into the gripped good. Hence a 

pivoting mechanism was integrated in between the 

arm segments, allowing a symmetrical orientation 

between the segments (see figure 10). This was 

achieved using leg springs on both sides of the 

gripper modules, ensuring symmetrical orientation. 

Tests have shown that this principle works reliably, 

allowing stable pick-up and release of the gripped 

goods.  
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Fig. 8. General view of the Octopus Gripper 

 

 
Fig. 9. Self-adapting mechanism on a concave 

surface 

 

 

Fig. 10. Pivoting mechanism of the handling system 

with needle grippers  

 

 
Fig. 11. Octopus gripper places a preform on an 

exemplary three-dimensional surface  

 

4 Gripping mechanisms  

4.1 Electrostatic gripper  

Besides the self-adapting kinematics, a new form 

flexible gripper technology, called electrostatic 

gripper, has been developed further. This gripper 

polarizes the handled object and hence induces a 

gripping force [3, 4]. For this purpose different 

potentials are applied to the gripper electrode, 

resulting in an electrical field [5].  

 

 
Fig. 12. Electrostatic gripper holding a carbon fiber 

textile 

 

Opportunities 

The new form flexible electrostatic system allows a 

reliable and damage-free handling of air-permeable 

and easily deformed textile blanks for the first time. 

Textiles with a grammage of up to 800 g/m² were 

successfully lifted with the new gripper system. 
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Release of the handled good is achieved with the 

newly introduced multi-potential power source (see 

figure 13) and a switching sequence (see figure 14) 

which reliably minimizes the occurring oriented 

polarization as well as the resulting parasitic 

attractive forces. This ensures a reproducible and 

reliable release of the gripped good regardless of the 

material being handled. Rigid organic sheets can be 

manipulated, too. The electrostatic gripper 

technology offers high potential for improving the 

handling process in the production of composites, as 

the system offers many advantages in comparison to 

the existing handling technologies.  

The gripping technology utilizes evenly distributed 

surface attraction and can hence handle goods 

without distortion or shifting. Additionally the 

handled goods can be separated from stacks reliably. 

End-effectors with different pads interconnected to 

clusters, which can be activated individually, can be 

useful for handling of different cutting geometries, 

which change during the production.  

 

Function Principle  

The gripper was developed based on fundamental 

research and is based on the principle of dielectric 

polarization of the gripped good which had not yet 

been applied to fiber-reinforced parts and blanks 

before this project. Different voltages are applied to 

a gripper electrode, inducing an electric field. The 

gripped good is polarized by the shifting of charges 

and hence attracted to the gripper. The resulting 

attractive forces are virtually evenly distributed over 

the gripper’s surface. 

This effect was researched looking for an application 

as a gripper. For this research, a first prototype 

system had to be designed and built. This unit is 

equipped with two high-voltage power supplies, 

allowing a negative and a positive potential to be 

created simultaneously. To connect the voltage 

sources to the different channels, a high voltage 

switching array is used (see figure 14). This allows 

different fields to be generated by the gripper. Due 

to the independent controls for the switching array 

and voltage sources, this setup offers maximum 

flexibility in regard to field strength and type. 

On this setup, the occurring effects as well as 

gripping forces were analyzed. Based on the results 

from these experiments it is possible to determine 

gripping characteristics for this system, allowing the 

determination of the next steps in research. 

With the newly introduced multi-potential source it 

was possible to reliably minimize the occurring 

orientation polarization as well as the resulting 

parasitary gripping forces. Experiments have shown 

that polarizable materials continue to induce an 

electric field due to the remaining orientation of 

charges, hence causing gripping forces even after the 

gripper has been turned off. This effect makes 

reliable handling in an industrial application 

impossible, as the attractive forces diminish very 

slowly. Further trials resulted in a technology which 

allows reliable release of the gripped goods. By 

inverting the potentials whilst reducing the 

amplitude of the voltage multiple times, a defined 

reduction of the attractive forces could be achieved. 

This method is only possible with a multi-potential 

source, as the fields have to be weakened 

symmetrically around the ground potential. This 

made reproducible release of the gripped goods 

possible without the use of additional mechanisms. 

By using flexible electrodes, it is also possible for 

the first time to adapt to curved surfaces (see figure 

15). This allows the gripper as well as the gripped 

good to be adapted continuously. 

Long-term trials have also shown that the gripping 

forces do not diminish over time. If the potential 

remains activated, the gripped goods will adhere to 

the gripper’s surface indefinitely and will only be 

released after the potential has been turned off 

respectively the release loop was run.  

Further effects could be observed during build-up of 

the gripping forces. For example, it could be 

observed that the gripping forces were diminished 

after multiple gripping cycles. This effect could be 

circumvented by grounding of the electrode contact 

surface. For this, the gripper is placed in contact 

with a grounded surface without carrying a gripped 

good. It is presumed that the air molecules are 

ionized partially due to the high electrical fields and 

afterwards attracted by the electrical field. This may 

result in weakened attractive forces towards the 

gripped good.  
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Fig. 13. Schematic of the electrostatic gripper driver 

unit 

curbed voltage

discreet switching state

 
Fig. 14. Voltage curve of the release procedure 

 

 
Fig. 15. Form flexible pad for electrostatic gripping 

 

Conclusions: Electrostatic gripper 

The electrostatic gripper system shows tremendous 

potential for handling of light and air-permeable 

materials such as textile blanks. In combination with 

the octopus kinematics it is even possible to 

combine draping and handling in one system, 

offering an ideal solution for large-scale automated 

production.  

Composite sheets, currently also difficult to handle 

in automated processes, can be handled with the 

developed gripper system throughout the production 

chain, offering great potential for automation as well. 

 

4.2 Gecko gripper 

The Gecko gripper generates the gripping forces 

without an external energy supply. The gripping 

good is attracted by Van der Waals forces which are 

induced by the polymer sheet. The gripping and lay 

down process is similar to the principle by which 

gecko feet can be attached and released from 

objects. To pick up an object, the gripping pad is 

rolled out to build up the adhesive forces between 

the work piece and gripper. The release mechanism 

works in reverse. Upon release, the separating forces 

are greatly reduced by peeling of the polymer sheet. 

 

 
Fig. 16. Wind up unit for the Gecko Gripper  

 

 
1. initial condition 

 

 
2. carrier moves out 

 

 
3. roll out on the fabric 

 
4. nano pad rolled out 
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5. rolled out Nano pad  

 
6. lifted textile 

Fig. 17. Mechanism of Gecko Gripper 

 

Opportunities  

This technology is able to handle almost any kind of 

surface. In addition, the goods are held in place even 

after a failure of the power supply.  

Nevertheless, flexible goods can be rolled in during 

the release process. In addition, the system is 

vulnerable to contamination, since the adhesive 

effect cannot be switched off. However, the polymer 

sheet can be washed to remove particles 

contaminating the surface.  

 

Conclusions: Gecko gripper 

The gripping method generally works for handling 

relatively rigid materials. The drawbacks, such as 

vulnerability to contamination, mean that the gecko 

gripper cannot compete with common gripper 

systems such as vacuum grippers. 

 

5 Handling of thermoplastic composite sheets 

Within the EU large-scale research project 

“FibreChain”, the Fraunhofer IPT is developing 

concepts for handling of thermoplastic composite 

sheets during the whole production chain. The main 

challenge is the handling of thermoplastic composite 

sheets during heating, as the moldable material must 

be pre-tensioned to prevent major distortions during 

handling or forming. Research at the Fraunhofer IPT 

focused on a clamping approach which is spring-

tensioned to allow permanent tension on the sheet 

and additionally allow material to be drawn into the 

forming process as needed. This is required, as e.g. a 

dome shape being formed into thermoplastic 

composite sheets will cause the material to be 

shifted, requiring additional material to be fed from 

the sides of the form. This is achieved by a guided 

clamp with springs for tension. 

Another challenge lies in the heating process, as the 

clamps must be able to withstand the heat of the 

heating process and in addition not cool down the 

thermoplastic composite sheet excessively, as this 

will cause it to harden inside of the clamp, making 

the necessary shifting of the material impossible. 

To achieve a reasonable compromise, the current 

prototype concept consists of multiple smaller 

clamps which are independently mounted to allow 

maximum flexibility.  

Additional research is being conducted regarding 

heating and temperature regulation of the clamps to 

ensure consistent temperatures throughout the 

process. 

 

6 Summary 

In summary, it can be stated that a significant 

knowledge and experience growth was generated by 

researching the different gripper technologies. In 

particular, the growth of knowledge lies in the field 

of the electrostatic gripper, as almost no experience 

with electrostatic gripping has been gathered before. 

It is found that electrostatic gripping has distinct 

advantages over other gripper technologies. The 

principle is a good and reliable way to separate 

textiles. In addition, air-permeable semi-finished 

products, which were previously manipulated only 

with great difficulties and limitations with needle 

grippers or under a huge amount of energy with 

vacuum grippers can be handled, now.  

Consequently process steps can be automated, which 

means a significant technological advance has been 

achieved.  

The above presented self-adaptive gripper 

kinematics, called octopus gripper, can be 

transformed into an industrial system with the 

gained experience.  

Great potential lies within the combination of the 

self-adaptive octopus gripper kinematics and the 

electrostatic gripper technology by using flexible 

electrostatic pads (see figure 18). The electrostatic 

gripper itself offers many unique advantages. One of 

the main features of this technology are the virtually 

uniform gripping forces, allowing damage- and 

deformation-free handling of sensitive goods. The 

possibility of selective pick-up from stacks as well 
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as functional integration of application-specific 

features furthermore qualifies the electrostatic 

gripper for mass-production applications with short 

cycle times.  

Research at the Fraunhofer IPT has shown that great 

synergy effects can be achieved when combining 

these unique advantages with the features of the 

octopus gripper kinematic. This fin-ray principle 

based technology, requiring minimal control 

electronics whilst maintaining maximum flexibility, 

permits draping of textiles on both concave and 

convex surfaces. By implementing a flexible gripper 

electrode for the electrostatic gripper, the 

combination of these two technologies was made 

possible at the Fraunhofer IPT. 

By combining both technologies, it is possible to 

pick up and place textile blanks on curved as well as 

flat surfaces. Furthermore it is even possible to pre-

drape the handled good during the handling process, 

reducing damages to the textile and further reducing 

cycle times. 

The researched principles can provide an important 

step towards the transfer of fiber-reinforced plastics 

into mass production. In the long term this will 

result in great economic and ecological advances, as 

the technology is cost-, energy- and weight-saving 

compared to other solutions.  

Adaptive gripper kinematics (fin-ray 

effect)
Virtually uniform gripping force

(electrostatic gripping principle)

Synergy Effects

Flexible Pad as Enabler

 

Fig. 18. Generated synergie effects by combining 

Octopus gripper and electrostatic gripping principle 

by using a flexible pad 
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Abstract 

Hybrid testing is a substructuring technique where a 
structure is emulated by modelling a part of it in a 
numerical model while testing the remainder 
experimentally. Previous research in hybrid testing 
has been performed on multi-component structures 
e.g. damping fixtures, however in this paper a 
hybrid testing platform is introduced for single-
component hybrid testing. In this case, the 
boundary between the numerical model and 
experimental setup is defined by multiple Degrees-
Of-Freedoms (DOFs) which highly complicate the 
transferring of response between the two 
substructures. Digital Image Correlation (DIC) is 
therefore implemented for displacement control of 
the experimental setup. The hybrid testing setup 
was verified on a multicomponent structure 
consisting of a beam loaded in three point bending 
and a numerical structure of a frame. Furthermore, 
the stability of the hybrid testing loop was 
investigated for different ratios of stiffness between 
the numerical model and test specimen. It was 
found that when deformations were transferred 
from the numerical model to the experimental 
setup, the hybrid test was only stable when the 
stiffness of the numerical model was higher than the 
test specimen. The hybrid test gave similar results 
as a numerical simulation of the full structure. The 
deviation between the two was primarily due to the 

response of the specimen in the hybrid test being 
one load step behind the numerical model.  

1 Introduction 

In hybrid testing a structure is emulated by 
combining the response of an experimental- and 
numerical substructure. The main part of the 
emulated structure is modelled in a simulation and a 
part of special interest is tested in an experiment 
[1], [2]. When combining the response of the two, 
the behaviour of the full emulated structure can be 
obtained. With this technique, the response of a 
given substructure displaying non-linear behaviour 
e.g. buckling, fracture, can be investigated when 
exposed to the effect of the remaining structure, 
without conducting full-scale experiments. 
Hybrid testing has previously been applied to 
investigate seismic protection of building structures 
[3], [4], [5]. For this application the load bearing 
structure has been simulated in a numerical model 
while damping fixtures has been tested 
experimentally, e.g. elastomer [6], stud types [7], 
[8], magneto-rheological [4], [9], [10]. These tests 
were dynamic and the focus was therefore to 
minimize the time lack between the numerical- and 
experimental component. This has been done by 
optimization of e.g. the numerical algorithms [11], 
[12], [13], and the actuator response [14], [15].  

HYBRID TESTING OF COMPOSITE STRUCTURES WITH 
SINGLE-AXIS CONTROL 

J. Waldbjørn1, J. Høgh2*, H. Stang1, C. Berggreen2, J. Wittrup-Schmidt1, 
K. Branner3 

1Department of Civil Engineering, Technical University of Denmark, Kgs. Lyngby, Denmark 
2Department of Mechanical Engineering, Technical University of Denmark, Kgs. Lyngby, Denmark

 3Department of Wind Energy, Technical University of Denmark, Roskilde, Denmark 
* Corresponding author jhho@dtu.dk  

Keywords: hybrid testing, hardware-in-the-loop, substructural testing, composites, three point 
bending, finite element modelling, high-precision control 

 

ICCM19 4094



In all of these tests the numerical- and experimental 
component has been two separate – typically simply 
connected - structural components and this setup is 
referred to as multi-component hybrid testing. If 
hybrid testing is applied to a single-component 
structure e.g. wind turbine blade, boat hull etc. the 
boundary conditions between the numerical- and 
experimental substructure becomes more 
complicated. This is because the two substructures 
share boundaries along an edge of a structure 
instead of e.g. a clearly defined hinge as in the case 
of a hybrid test with a magneto-rheological damper 
[4], [9], [10]. This results in single-component 
hybrid testing having continuous boundaries 
between the two substructures, resulting in – in 
principle - an infinite amount of Degrees-Of-
Freedom (DOF), compared to multi component 
hybrid testing where only a limited number of 
DOFs are present [1], [16]. It is therefore more 
complicated to monitor and control the 
deformations of the experimental substructure in a 
single-component hybrid test. This emphasizes the 
need for advanced measuring techniques to enable 
high-precision control of the experimental setup, as 
presented in [17]. 
The scope of this paper is to introduce and verify a 
sound base for single-component quasi-static hybrid 
testing. Digital Image Correlation (DIC) was 
implemented as a method to measure deformations 
to be used in the control loop. A quasi-static hybrid 
test on a multi component frame structure was 
conducted to reduce the complexity in verifying the 
software capabilities when handling the test 
response and theory. Here the numerical component 
was a Finite Element (FE) model of a simple frame 
structure and the experimental specimen a 
composite beam loaded in three point bending. 

2 Hybrid Testing Communication Loop 

The Quasi-static hybrid testing platform provides 
the capability to experimentally test a substructure 
of interest while simulating the remainder in a 

numerical model. The software is capable of: 
executing a FE-model, operating the hydraulic 
actuators through a multi-axial Proportional-
Integral-Derivative (PID) controller and acquire 
data from several gauges on the test setup. The 
platform is operated by LabVIEW 8.6 and is 
executed in a state machine [18] presented in Figure 
1. 
An external force is applied to the numerical model 
(1) and the equivalent displacement at the shared 
boundary calculated for the numerical substructure 
in (2). This displacement is transferred to the 
experimental substructure by the hydraulic 
actuators in (3) controlled by a feedback signal 
acquired on the test specimen to omit the effect of 
compliance in the load train cf. [17]. Finally, the 
restoring force – i.e. the reaction force from the test 
specimen - in the shared boundary of the 
experimental substructure is fed back to the shared 
boundary of the numerical substructure in order to 
achieve equilibrium at the interface between the 
two. The loop is repeated by defining the next load 
increment in (1). 

2.1 Numerical substructure (Part A) 

The numerical substructure executed by (2) in 
Figure 1 is established through a link between 
LabVIEW 8.6 and ANSYS 12.1. The steps included 
in the communication between the two applications 
are presented in Figure 2. 
The FE-model is defined through the ANSYS 
Parametric Design Language (APDL-script) which 
defines geometry, material properties, loads etc. 
The variable parameters in the APDL-script: 
external load Pext and restoring force in the shared 
boundary Rn (see Figure 5) are identified and 
updated by (1). The APDL-script is executed in (2) 
by the ANSYS software through the windows 
command prompt. The output data is returned in a 
text file and the displacement at the shared 
boundary extracted by (3). 
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2.2 Experimental substructure (Part B) 

The experimental substructure operated by (3) in 
Figure 1 is established through a link between 
LabVIEW 8.6 and two independent systems: the 
hydraulic actuator and external Data Acquisition 
(DAQ) system. The displacement controlled 
hydraulic actuator is operated through a MTS 
FlexTest 60 controller [19] by the TCP/IP port 
using a dynamic link library (DLL) [20]. The 
external DAQ system collects data from the 
measuring device DIC [21]. The steps in the 
communication between LabVIEW, PID-controller 
and external measuring device are represented in 
Figure 3. 
The control loop is initiated in (1) by prescribing a 
displacement input to the PID-controller. Operated 
by the LVDT in the actuator the piston is moved 
towards the end level in a monotonic motion with a 
predefined deformation rate by (2). When the 
predefined displacement is reached the data from 
the load cell along with the signal from the DIC 
measuring device are acquired by (3). By 
comparing the deformation input with the actual 
response of the specimen a deviation is derived. If 
the deviation is within a given error tolerance the 
control loop is ready to receive the next 
deformation input in (1). If the deviation exceeds 
the error tolerance the actuator is moved in the 
direction necessary to reduce the error with a 
magnitude equal to the deviation. This is achieved 
by repeating the entire loop from (2) – (4) until a 
deviation below the error tolerance is achieved. 

3 Hybrid Testing Setup 

A somewhat simple multicomponent frame 
structure presented in Figure 4 is studied to reduce 
the complexity in verifying the software 
capabilities. 
The emulated structure is separated in a numerical- 
and experimental component. Each component 
along with the coupling between them is illustrated 
in Figure 5. 

The shared boundary between the two components 
is defined by a discrete point with two DOFs: 
translation in the y- and x-direction. With the 
assumption of having relatively small 
displacements the translation in the x-direction is 
neglected. The global stiffness of the numerical- 
and experimental component named SA and SB 
respectively is defined cf. eq. (1). 

    and     (1) 

The global stiffness of the numerical component is 
4.94 times higher than the test specimen in the 
shared boundary. 

3.1 Experimental component (Part B) 

The experimental component consists of a Glass 
Fibre Reinforced Polymer (GFRP) beam loaded in 
three point bending. The specimen has the cross 
sectional width and height of 45mm and 19mm 
respectively and includes 22 unidirectional plies of 
fibre mats type: L1200/G50F-E06-A from Devold 
AMT with a nominal area weight of 1246g/m2.  
Five specimens are produced by vacuum infusion 
with an epoxy resin type: Airstone 760E mixed with 
an Airstone 776H hardener from Dow Chemicals 
Company. The fibre fraction is 55% [22] with the 
fibre mats oriented in the x-direction cf. Figure 7. 
The E-modulus in the direction of the fibres is by 
three point bending found in the range: 38.5-
43.3GPa for the five specimens. 

3.2 Numerical component (Part A) 

The numerical component is discretized in a FE-
model using an 8-node plane element with two 
DOFs in each node: translation in the x- and y 
direction. The bar connecting the numerical- and 
experimental component is defined by a 2-node 
beam element with three DOFs in each node: 
translation in the x- and y-direction and rotation 
around the z-axis. When the beam- and plane 
element is connected the rotation DOF is not 
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transferred to the plane element and the charnier is 
thereby obtained. 

4 Three point bending 

The experimental component is loaded in a 4-
column MTS 810 axial test station with an axial 
servo-hydraulic actuator model: 244.22 which 
provide a maximum force of ±100kN with a stroke 
of ±33.00mm. The actuator is operated by a servo 
valve model 252.24C-04 with a capacity of 10l/s. 
The displacement of the actuator is measured by a 
linear variable differential transducer (LVDT) and 
the force measured by an MTS load cell model 
661.19E-04 with a max capacity of 25kN. The test 
station is operated through a MTS FlexTest 60 PID-
controller.  The test rig has a loading- and support 
nose of 40mm - and 25mm diameter respectively cf. 
Figure 7. The motion of the measurement points 
(see Figure 7) are tracked by the commercial DIC 
system: ARAMIS by Optical Measuring 
Techniques (GOM). The side of the test specimen 
has been applied a random speckle pattern of white 
background with black dots. The resolution of the 
DIC sensors is 4 megapixels and the lenses are 
type: Titanar with a 20mm focal length. The images 
are divided into interrogation cells of 15x15 pixels 
with a shift of 2 pixel. The measuring field is 
330x330mm2 calibrated with a 250x200mm2 
calibration panel. The precision and accuracy for 
each measurement point obtained by the DIC 
system is determined to an RMS of 0.002mm and 
0.009mm respectively. The accuracy of the DIC 
setup is evaluated by a micrometer of the type: 
Mitutoyo - series 164 in the range 0-50mm. The full 
setup of the test station including: specimen 
mounted in the three point bending rig and DIC 
camera is presented in Figure 7. 
The position and numbering of the DIC 
measurement points along with the overall 
dimension of the specimen and three point bending 
setup is presented in Figure 7. 

5 Test result 

Five GFRP specimens are tested in a quasi-static 
multi-component hybrid testing setup presented in 
Figure 5.  With the hydraulic actuator operated by a 
feedback signal acquired on the experimental 
substructure by DIC an error tolerance of 0.01mm 
is obtained cf. Figure 3. The system is loaded 
within the linear elastic regime by an external force 
Pext in increments of 900N ranging from 0 to 18kN. 
The equivalent vertical displacement of the shared 
boundary is 0 to 6mm. 

5.1 Hybrid Test 

The hybrid test is verified by comparing the 
structural response in three simulations: hybrid test, 
full FE-model and analytical hybrid test. In the 
hybrid test, Part A in Figure 5 is modelled 
numerically and Part B is tested experimentally. In 
the full FE-model, Part A and B are both modelled 
numerically cf. figure 4. Here, the experimental 
component is assigned the same bending stiffness 
as found from a three point bending test, cf. chapter 
3.1. In the analytical hybrid test Part A is modelled 
numerically and Part B is calculated analytically by 
Bernoulli-Euler theory. Here, the bending stiffness 
is the same as found in chapter 3.1. For test 
specimen four the deformation of the sheared 
boundary is presented as a function of the external 
force Pext in figure 8a. To evaluate the deviation 
between the three simulations the discrepancy 
between the hybrid test, full FE-model and 
analytical hybrid test is presented in Figure 8b. The 
load step frequency of the hybrid testing loop in 
figure 1 is 0.09Hz. 
From Figure 8, good correlation between the three 
simulations is achieved. A displacement error of 
0.038mm between the full FE-model and analytical 
hybrid test is observed cf. figure 8b. This deviation 
is due to the restoring force in the hybrid test being 
one load step behind the numerical simulation of 
the full structure. The maximum discrepancy 
between the full FE-model and hybrid test is found 
to 0.034mm cf. figure 8b. Here the deviation is 
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caused by both the restoring force in the hybrid test 
being one load step behind the numerical simulation 
of the full structure along with other sources of 
error in the experimental component. The 
discrepancy between the full FE-model and hybrid 
test named displacement error (hybrid) and full FE-
model and analytical hybrid test named 
displacement error (FEM) are presented in Table 1 
for the remaining four specimens. 
The relative error for each displacement error is 
given with respect to the total displacement of the 
shared boundary. 

5.2 Test of Stability 

The stability of the hybrid testing communication 
loop is affected by the ratio of the global stiffness in 
the shared boundary for the numerical- and 
experimental substructure, named SA and SB 
respectively, cf. eq. (1). For this reason a parametric 
study of the stiffness ratio between the 
experimental- and numerical substructure is 
performed. In this study the numerical component 
(part A, Figure 5) is defined in a FE-model while 
the response of the experimental component (part 
B, Figure 5) is calculated analytically from a 
Bernoulli-Euler assumption. The response at the 
shared boundary as a function of the external load 
Pext is presented in Figure 9. 
From Figure 9, the restoring force in the shared 
boundary become unstable when SA < SB. The 
instability is amplified when the ratio between SA 
and SB is increased. The phenomenon is avoided 
when the global stiffness of the numerical model is 
equal or higher than the experimental specimen (SA 
≥ SB). In the hybrid test performed in this paper the 
stiffness of the numerical substructure SA is 4.94 
times higher than the stiffness of the experimental 
substructure SB. The hybrid loop is therefore stable. 
If the hybrid testing communication loop was 
inverted meaning that: the numerical- and 
experimental substructure receives a deformation- 
and force input respectively, instability is avoided if 
(SA ≤ SB). 

6 Discussion 

Some discrepancies between the hybrid test and full 
FE-model was observed cf. Figure 8 and Table 1. 
This discrepancy is primarily due to the restoring 
force in the hybrid test being one load step behind 
the numerical simulation of the full structure cf. 
Table 1. This results in the overall structure 
displaying a lower stiffness than in the full finite 
element simulation. This source of error can be 
minimized by decreasing the size of the load step. It 
could also be minimized by predicting a restoring 
force. However, the efficiency of this method is 
dependent on the material behaviour of the 
specimen. In this study, the specimen was linear 
elastic making it easy to predict. However, if the 
test was performed on a specimen with non-linear 
behaviour e.g. plasticity, buckling etc. the response 
is harder to estimate. This is usually the case when 
doing hybrid testing, since the benefit of the method 
is that a part of a structure displaying unpredictable 
response can be analysed without testing the full 
structure [5]. 
The stability of the algorithm was investigated for 
different stiffness ratios between the numerical 
model and experimental structure. It was found that 
the hybrid test was stable when the stiffness of the 
numerical model was stiffer than the physical 
specimen, SA > SB. It was also shown that if the 
hybrid testing communication loop is inverted (see 
Figure 5) the opposite was the case. This is in 
general not an issue in hybrid testing, since tests are 
usually performed on large structures with high 
stiffness compared to the structural component of 
interest; cf. seismic testing of dampers in buildings 
[4], [9], [10]. However, one must consider this issue 
when applying hybrid testing to other types of 
systems, where the experimental substructure has 
stiffness higher than, or close to the numerical 
model. This issue could be addressed by predicting 
a restoring force for the next load step. 
DIC was in this research implemented as a 
technique to acquire coordinates of three 
measurement points along the test specimen surface 
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cf. Figure 7. By implementing these measurements 
in a control loop (see Figure 3) the source of error 
being slack and deformations in the load train is 
neglected [23] [24]. Other essential data for 
handling of the coupling between the substructural 
parts could include e.g. strain measurements [25]. 
This could be done on the specimen surface by full 
field measurements, strain gauges, etc. The GFRP 
specimen also allows internal strain measurements 
by Fibre Bragg Gratings (FBG) to include stress 
concentrations and residual stresses in the specimen 
[22]. 

7 Conclusion 

A hybrid test was performed and the response 
compared to a finite element simulation of the full 
structure. The comparison showed a small deviation 
primarily caused by the restoring force in the hybrid 
test being one load step behind the numerical 
simulation of the full structure. The hybrid testing 
setup in this study was used to prove the 
functionality of the hybrid testing communication 
loop and implement the DIC measurements to 
control the actuator. In the future the hybrid testing 
platform will be developed to handle single 
component structures with more advanced 
geometry e.g. wind turbine blades.  
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Figure 1: Dataflow in the quasi-static hybrid testing communication loop 

 

 

Figure 2: Dataflow in the LabVIEW and FE-analysis communication (Part A) 

 

 
Figure 3: Dataflow in the closed single input-single output control loop (Part B) 
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Figure 7: Dimensions of test setup and specimen along with numbering and location of DIC measurement points 

 

 
Figure 8: a) load – deformation relation at the loading point and b) discrepancy between the response of the full FE-

model and hybrid test 

 

Table 1: Displacement- and relatively error for test specimen 1 to 5 

Beam number 
 [-] 

Displacement Error
(FEM) [mm] 

Relatively 
error [%]

Displacement Error  
(Hybrid) [mm] 

Relatively 
error [%] 

1 0.048 0.83 0.042 0.72 
2 0.044 0.75 0.038 0.65 
3 0.043 0.74 0.038 0.64 
4 0.038 0.64 0.034 0.57 
5 0.047 0.81 0.041 0.69 
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Figure 9: Restoring force in the shared boundary as a function of the external load 
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Abstract  

During the manufacturing process of composite 
structural parts, layer of fabrics or unidirectional 
prepreg may have to be cut in order to fulfil 
production requirements. From a general mechanical 
point of view, cutting fibres in a composite part has 
a large negative impact on the mechanical 
properties. However, such interventions are 
necessary in particular cases, for example due to 
draping of complex geometries. 
A rather extensive test program was launched to 
investigate the effects of defects that typically could 
arise during manufacturing. The overall purpose of 
the test program was to determine knock-down 
factors on strength for typical manufacturing defects 
that occasionally arise and sometimes are hard to 
avoid in production: cuts/gaps and fibre angle 
deviations. 
Four types of specimens were tested, reference, 
intersection of cuts in adjacent layers combined with 
a bolt hole, cut in a zero degree ply combined with a 
bolt hole and specimens with misaligned fibres. The 
specimens with misaligned fibres were tested with 
three different fibre angles. In addition to the 
experimental procedure, FE-analyses utilising 
cohesive elements were conducted, and after 
mechanical tests, Non Destructive Investigation 
(NDI) and fractographic investigations were 
performed. An excellent correlation between 
analyses and experiments were obtained. 

 

1 Introduction  

The issues related to the effect of defects on 
composite material parts strength has been studied 
since the broader introduction of composite parts in 
aircraft application [1]. 

The challenge today in manufacturing of composite 
material articles is to develop components that have 
more complex geometries and are cost-effective to 
produce and of the desired quality.  
In the process of manufacturing composite articles, 
cuts in the fabric or pre-preg can be necessary and 
besides fibre angle deviations might occur especially 
due to draping effects. For a typical fabric the width 
is limited, and thus a gap is introduced for composite 
articles of larger size. This is more pronounced for a 
45 degree ply but can occur for any ply direction. 
The effect on strength, i.e. knock-down factors, are 
therefore of outmost importance. 
Bolted joints are very common in aircraft structures 
for attachment of flight critical components. The 
strength analysis of bolted joints can, depending on 
available time, involve analytical methods, semi-
analytical approaches [2] or the use of numerical 
approaches utilising e.g. FE-methods. The failure of 
the joint is usually due to a combination of bearing 
and by-pass stresses. The determination of failure 
typically involves the determination of characteristic 
curves and distances in failure criteria like Yamada-
Sun, the point stress criteria or the average stress 
criteria [3].  
In this case, the analysis has been performed using 
cohesive elements enabling investigation of effects 
both in the vicinity of the hole and also between cut 
and un-cut plies. 
 
 Parameters that have been studied in this paper are: 

• intersection of cuts in adjacent layers 
combined with a pin loaded bolt hole 

• cut in a 0-degree layer combined with a pin 
loaded bolt hole 

• fibre angle deviations, with three different 
fibre angles combined with a pin loaded bolt 
hole 

 

H) 
 

Keywords: manufacturing defect, experimental, numerical analysis, fractographic investigation 
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where  In order to study the effect of these deviations on the 
bearing strength, specimens were tested and 
compared to reference specimens without defects. 
The experimental investigation was supported by 
FE-analysis, NDI and fractographic investigations.  

cσ  is the ultimate bearing strength [MPa] 

P  is the failure load [N] 
d  is the hole diameter [mm] 

nt  is the specimen thickness [mm] 
2 Experimental procedure 

 

The material used for all specimens was 6376 HTA 
prepreg with a nominal ply thickness of 0.13 mm 
and a volume fraction of 63.5°%. The benchmark 
stacking sequence for all specimens was:  
[(±45/(0/90)2/±45/(0/90)/±45)]s24. 
 

Type 1.0 
Reference 

Type 2.0 
Intersection 
/cut 

Type 3.0 
Cut 

Type 4.0 
Fibre angle 
deviation  

Fig. 1. Type of specimens 

1 2 3 4 
Intersection

of cuts. 
Fibre angle 
deviation. 

Ref. Cut. 

Four types of specimens were manufactured as 
schematically shown in Fig. 1. Of a total number of 
24 plies 4 plies were affected by the cut and the 
intersection of cuts. All specimens were 
manufactured according to standard autoclave 
manufacturing procedures. 
For specimens of type 4 a fibre angle deviation of 5° 
and 10° in all plies were investigated, the fibres were 
also oriented perpendicular to the reference and 45° 
to the reference. 
 
The bearing strength tests were performed according 
to ASTM D5961/5961M – 10, Standard Test 
Method for Bearing Response of Polymer Matrix 
Composite Laminates [4] unless otherwise specified. 
The bearing strength is extracted from test results in 
accordance to the test standard equation:  

Fig. 2. Testing arrangement for bolt bearing 
specimen 

 
Some tests were interrupted at failure initiation 
which was defined as when the first sound of crack 
propagation could be heard. These specimens were  

n
c td

P

⋅
=σ  

(1) 
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Fig. 3 Testing arrangement for bolt bearing specimen, dimension 

 
 
further analysed with non destructive test methods. 
The test fixture used in this test set-up differs from 
the standard set-up as no washers were used to 
support the hole boundaries. A typical standard 
fixture is shown in Fig. 2. The specimen geometry 
is shown in Fig. 3. 
 
All tests were conducted at room temperature using 
an Instron 4505 tensile testing machine with a 100 
kN load cell. The displacements and loads were 
measured by the internal displacement recorder 
respectively an internal load cell. The load rate was 
1 mm/ min. 
 

2.1 Experimental results 

The typical failure modes at a macroscopic level for 
the bolt bearing specimens tested were compressive 
failure and delamination due to contact stresses at 
the hole boundary as shown in Fig. 4. 
The average bearing strength decreased at the most 
with 3% in comparison to the reference material, 
for specimens of type 2 with the most severe type of 
defect. For specimens with different fibre angle 
deviations the strength properties on the contrary 
improved with up to 7 %. The average test results 
are presented in Fig. 5 along with the deviations. 
The positive effect on the bearing strength in 
specimens with misaligned fibres could possibly be 

explained by the fact that the fibres are more 
favourable oriented in the load direction.  
 

  
Fig. 5 Normalised bearing strength and failure 

initiation for the different specimen types. The error 
bars shows the maximum and minimum deviation. 

 

A possible mechanism could be that when the zero 
degree fibres are oriented exactly in the load 
direction the differences in stiffness between each 
layer will be larger than if all layers are oriented of-
axis compared to the load direction. Consequently, 
the zero-degree fibres will carry higher stresses in 
the reference specimens, while the 90- and 45- 
degree layers have to carry less. 
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Fig. 4. Typical failure modes at a macroscopic level for a bolt bearing specimen are compression and 

delamination due to contact stresses from the bolt 
 

 

3 Analysis 

The analysis was focused on the specimens which 
showed the largest reduction in strength, i.e. 
specimen of Type 2, applying cohesive elements 
implemented in Abaqus/Explicit [5] which is 
known to be a powerful tool to model delamination 
onset and growth in composite materials [6].  

3.1 Basic material data 

The engineering constants of the material used 
(6376 HTA) are given in Table 1.  
 
Table 1: 6376 HTA, engineering constants ([GPa], 
except νij) 
E11 E22 E33 G12 G13 G23 ν12 ν13 ν23 
130 10 10 5 5 4 0.3 0.5 0.5 

3.2 Element type, mesh 

8-nodes solid elements (C3D8R) were used to 
model the laminate. Each layer is explicitly 
modeled taking into account the corresponding fibre 
orientation. One element through the thickness was 
applied for all layers. To study the influence of the 
cut made in specimen of type 2, surface based 
cohesive elements were used to join the elements in 
the layer along the cut-line and between the first 
five layers.  
The use of Abaqus/Explicit together with the 
general contact formulation and a cohesive based 
contact property was easier to implement as 
compared to methods and elements commercially 
available in Abaqus/Standard. It allowed a faster FE 
model development with fewer parts to consider in 
the assembly.  
The remaining part of the specimen was modeled as 
linear elastic only, i.e. no damage occurs in 20 of 

the 24 layers. The damage initiation and growth 
was restricted to the region with cuts and 
intersection of cuts. 
 

3.3 Material model for cohesive zone models 

The cohesive zone model is described in terms of 
traction separation laws for deformations in mode I 
and mode II along the cut. The stiffness of the 
elastic part of the traction separation curves is set to 
the standard values for surface based cohesive 
element suggested in ABAQUS [5]. The 
benzeggagh-kenane (BK) formulation is chosen for 
mixe-mode fracture energies determination during 
analysis [5]. 
 
Table 2: Cohesive zone material properties 
σ33 τ13 τ23 GIc GIIc GIIIc BK 

(MPa) (J/mm2)  

20 30 30 0.3 0.7 0.7 1.5 
 
The cohesive zone properties used in the analyses 
are shown in table 2. These values are in good 
agreement with experimental results reported in [7] 
and [8]. However, the nature of the material in the 
cut region can be discussed and considered as a 
resin reach region, which lead to the use of material 
data for the resin 6376, with GIc = 0.432 J/mm2 [9]. 
In addition, the values for GIIc given in Table 2 are 
obtained from ENF tests. It was shown that the 
nature of these tests may lead to higher critical 
fracture energy results [8]. Based on different mode 
II experimental tests performed in [8], a GIIc value 
closer to 0.5 J/mm2 was suggested for HTA-6376. 
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3.3 FE-results 

The average experimental failure load for 
specimens of Type 2 was approximately 97 % of 
the mean failure load of the reference specimens 
(mean value for four specimens of Type 1 and in 
the following denoted as the reference load).  

 
Fig. 8 Interlaminar damage in specimen 2.0, with 

cohesive interfaces in the cut area - Damage 
variable CSDMG (1=fully damaged) 

 

In addition, one specimen of type 2 was tested up to 
the load at which noises indicating damage 
initiation could be identified, which occurred at 82 
% of the reference load. The extent of damage in 
this specimen was determined using non destructive 
testing method C-scan (NDT). Therefore, it was of 
interest, for comparison purposes, to monitor the 
extent of damage in the numerical model at a 
similar load level. 
 
The variable representing damage in the cohesive 
surfaces is plotted in Fig. 8 at a load level of 82 % 
of the reference load. The figures represent detailed 
views of the four first interfaces. 
 
From the simulations, we can see that at a load level 
of 82 % of the reference load, damage due to the 
local pressure induced by the pin has initiated and 
propagated at all interfaces between the first five 
plies. In addition, the damages along the cuts in the 
0° and 90° layers were in some extent more 
pronounced than the ones in the cuts of the ±45° 
layers. The size of the damage areas observed in the 
numerical model will be compared to that observed 
with C-scan in the fractography part further in this 
paper. 

3.3.1 Discussion 

In the current investigation the maximum load level 
is not determined since only 4 out of 24 
interlaminar cohesive regions were considered. 
Therefore, no damage initiation and growth is 
considered in the large part of the specimen. In 
order to quantify the maximum load level, a study 
of the growth rate of the damaged region as 
function of the load level is carried out. The results 
are given for the four interfaces with cohesive based 
definition (see Fig. 10). The study is based on 
digital picture analysis of Abaqus contour plots in 
the hole region. 
Examples of the analysed pictures are shown in Fig. 
9. The black colour represent the undamaged region 
b and the white colour the damaged area a. The 
damage ratio used in Fig. 10 is determined as the 
ratio a/(a+b). The grey region in Fig. 9 represents 
the laminate hole. 
 

5  
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Fig. 9 Damage area evolutions during loading - 

Ply4-Uncut region interface 
 

 
Fig. 10 Damage area evolutions during loading – 
specimen type 2 with cohesive elements in the cut 

areas. 
 
We can observe that for the interfaces ply3/ply4 and 
ply4/ uncut region, the slope of the resulting curves 
increase significantly from approximately 80 % of 
the experimental failure load of the type 2 
specimens. However, this tendency is not visible for 
the other interfaces. 
Another method to determine the failure load would 
be to study of the strain/stress levels around the 
hole in the region without cut plies and then use a 

strain/stress based failure criteria in order to 
identify possible failure occurrence. 
The contour plots of the stress and strain fields at 
98 % of type 2 failure load extracted from the FE-
model are shown in Fig. 11-12.  
 

 
Fig. 11 5th ply (0°) -  Strain field at 98 % of 

specimen type 2 reference load and net section (NS) 
stress - specimen type 2. 

 

 
Fig. 12. Homogenized longitudinal (X-direction) 

stress field for bearing stress in specimen of type 2 
estimated at 98 % of the type 2 reference load. 

 
At the laminate hole, the variation of the through 
thickness strain is due to the bending deformation 
of the pin under loading. 
In the net-section (NS) area, the strain at the hole 
edge is approximately 1.4%, equivalent to a stress 
of 700 MPa (calculated with a homogenized E-
moduls of 50GPa), see Fig. 11. High stresses (>300 
MPa) are still observed far from the hole edge (4 
mm), which indicates a possible failure of the 
laminate (tension mode). 
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The analysis of the contour plot in the bearing 
region (Fig. 12) shows the presence of a high 
bearing stress (>660 MPa) far from the hole edge 
(>2mm). A bearing failure may also be predicted at 
97 % of the reference load since the bearing 
strength at failure is lower than the value observed. 
Both the net section stress and the bearing stress 
observed in the un-cut region are above or close to 
the theoretical failure stress and strain of the 
material used in the laminate. Failure could 
therefore be expected at such load.  
 

4 Fractography 

Some of the tests were interrupted at signs of 
damage initiation; the specimens were subjected to 
non destructive testing (NDT) with respect to the 
extent of damage. After NDT, the specimens were 
subjected to fractographic analysis in order to 
further identify the site and size for the damage. 
Five (5) specimens were available for fractographic 
analyses. In this paper, observations from a 
specimen of type 2 are presented, as the highest 
strength reduction was obtained for these specimens 
and the numerical analysis focused on this type of 
specimen. The experimental average failure load of 
specimen of type 2 was 97 % of the reference load. 
For the specimen used in the present C-
scan/fractography study, the loading was stopped at 
82 % of the reference load. 
The fractographic investigation was performed by 
sectioning and polishing the specimen. After 
cutting, the specimens were casted in a transparent 
epoxy. Polishing was performed by the use of a 
Streuers LaboPol-5 water-polishing machine with a 
LaboForce-1 fixture. Polishing was performed with 
stepwise finer silicon carbide grits from P320 up to 
a P4000 grid. The polished surfaces were studied by 
the use of an optical microscope 
The C-scan pictures showed an anomaly where the 
plies had been cut. See Fig. 13 where such an 
anomaly is very clear in the cut perpendicular to the 
load direction. As also can be seen in Fig. 13, there 
is indications of damage close to the tool surface. It 
should be noted that the cuts were made at the 
upper surface and consequently there are no 
indications from C-scan that damage has been 
initiated due to the cuts.  
The free edges of the two specimens of type 2 were 
polished to study if signs of damage initiation could 

be seen in the matrix rich region where the cuts had 
been made. Also several cuts were made closer to 
the hole boundary to verify that no damage had 
initiated in the resin rich regions. 
 

Load 
direction 

 
Fig. 13. Anomalies in the area of the cut plies of 
specimen type 2-5. The arrow indicates the load 

direction 

Gate in upper half, close 
to the tool surface 

Gate in lower half, close 
to the back surface 

 
An example of a photograph of the polished free 
edges is presented in Fig. 14. As seen in Fig. 14, 
there are no indications of damage in the resin rich 
region at the cut, close to the hole boundary. 
However it is noted that the surrounding/underlying 
layers are curved due to the cuts which will locally 
reduce the stiffness. 
 

 
 

Fig. 14.Polished surface showing the resin rich 
region and the curved surrounding plies were the 

plies had been cut. 
 

The specimen was further sectioned with a cut 
through the indication of damage and the surface 
was carefully polished, to facilitate inspection of the 
hole boundary with respect to damage initiation by 
the use of an optical microscope. 
As seen in Fig. 15, damage is present in the five 
plies close to the tool surface, which is in agreement 
with the C-scan registrations. 

7  

ICCM19 4111



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 
 

Ultrasonic C-scan indicated damage initiation close 
to one of the surfaces of the specimen, but also a 
unexpected indication of damage on the side of the 
hole where no contact stresses should be present 
during the tests.  
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Fig. 15.Damage in specimen of Type 2. 
 

5 Conclusion and summary 

The influences of typical manufacturing defects, 
such as cuts, gaps and fibre angle deviations, 
combined with a bolt hole have been investigated. 
Specimens with a 6 mm hole, and different 
combinations of manufacturing defects were pin 
loaded in a special fixture. 
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1 Abstract  

To fully exploit the potential of fiber-reinforced 

thermoplastic composites (FRTC) and to achieve a 

broad industrial application, automated 

manufacturing systems are crucial. Furthermore 

investigations at Fraunhofer IPT have proven that 

the use of laser system technology in processing 

FRTC enables to achieve high throughput, quality, 

flexibility, reproducibility and out-of-autoclave 

processing simultaneously. Currently more than 

90% of the fiber-reinforced plastics (FRP) in Europe 

are glass fiber-reinforced [1]. Due to these facts the 

next logical step to maximize the potential of laser-

assisted processing is its extension towards glass 

fiber-reinforced thermoplastics (GFRTC) as well as 

hybrid composites, meaning the combined 

processing of glass and carbon fiber-reinforced with 

non-reinforced thermoplastics.  

 

2 Introduction 

Thermosetting FRPs still dominate the market due to 

their processability with traditional methods, e.g. 

manual lamination and autoclaving, at ambient 

temperatures. Pipes, antenna masts and tanks made 

of carbon or glass fiber-reinforced thermosets are 

nowadays produced using filament winding. In this 

process, one or several carbon or glass yarns, so 

called rovings, are impregnated (e.g. pulled through 

a resin bath) and wound layer by layer and under a 

defined yarn tension around a rotating core. 

Nowadays 80% - 90% of all advanced aircraft 

structures made of carbon fiber-reinforced plastics 

are based on prepreg (pre-impregnated fiber) 

materials and are consolidated using autoclaves [2]. 

Industrial state of the art is the automated processing 

of unidirectional fiber-reinforced prepregs via tape 

laying of single broad tapes (e.g. prepreg width of 

300 mm) for the manufacture of 2D or contoured 

structures, like wings and vertical and horizontal tail 

planes. The use of thermosetting FRPs leads, 

however, to high energy costs due to the energy-

consuming cold storage when using thermosetting 

prepregs (preimpregnated fibres) and to necessary 

energy- and time-consuming (several hours) curing 

process steps in special ovens. 

 

3 State of the art 

The major advantage of laser-assisted tape 

placement is that with high precision, quality and 

speed composite tapes can be placed and fused in 

any position with every fiber-orientation. By this 

method tailored fully consolidated components and 

tailored blanks can be produced directly. However 

for mass application purposes it is beneficial to 

mainly local reinforce fabric-reinforced blanks as 

well as components using tape with unidirectional 

fiber reinforcement according to the load case. The 

combination of mass blank production, 

thermoforming and local reinforcement (either part 

or blank) results in high productivity and an 

excellent price to performance ratio of the 

components. In addition it enables an enormous 

technical and economic freedom of design. The 

costly carbon fibers are applied only there where 

they achieve the highest benefit and take the major 

loads, whereas the base panels achieve the 

economical (plastic base blank or tube, GFRP base 

blank or tube) boundary conditions.  

During tape placement the prepregs are unreeled 

from a tape spool and fed by a feed unit into the nip 

point, see Fig. 1. The surface of the fed tape as well 

as the one of the already laid down material get 

heated up over melting temperature using laser 

radiation shortly before contact with each other. 

Applying a compaction force using an optionally 
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heated or cooled consolidation roller the melt up 

tape gets completely consolidated in situ with the 

part to be produced without the need for subsequent 

curing steps. The main difference between laser-

assisted tape placement and winding is the use of a 

rotating mandrel in the case of tape winding, see Fig. 

1 and Fig. 2. Over the last decade laser systems have 

been proven to be the most energy-efficient, precise 

and cost-effective method for tape placement in a lot 

of benchmarks [3][4]. For years Fraunhofer IPT has 

developed the diode laser-assisted tape placement 

and winding to process carbon fiber-reinforced 

thermoplastic composites (CFRTC). Unfortunately 

this technology cannot be transferred one to one to 

process milky transparent GFRTC prepregs. Also 

the reinforcement of pure non-colored thermoplastic 

components or the use of non-colored thermoplastics 

as first layer or liner for winding processes is 

limited.  

 

Fig. 1. Principle of laser-assisted tape placement 

 

 

 

Fig. 2. Principle of laser-assisted tape winding 

 

 

4 Approaches 

Due to the short wavelength (approx. 980 nm) and 

therefore high transmission less than 20% of the 

diode laser energy is induced as heat into non-

colored GFRTC or pure thermoplastics unlike using 

a CO2-laser (10,6 µm) with more than 90% laser 

absorption. Also the absorption of CO2-laser 

radiation at the surface compared to volume 

absorption of diode laser radiation is beneficial for 

the interlaminar joining of GFRTC. Fraunhofer IPT 

is currently developing and investigating the CO2-

laser-assisted tape placement and winding including 

new system, beam guiding, process and temperature 

measuring technology to enable a resource and 

energy efficient mass production of hybrid 

composites. To cover a broad scope of possible 

applications for CO2-laser-assisted processing of 

glass fiber-reinforced prepregs two different 

thermoplastic matrix materials are investigated. 

Polypropylen (PP) is one of the most common 

standard thermoplastic materials. PP is furthermore 

available at low cost. Polyphenylene Sulfid (PPS) is 

a widely used high performance engineering plastic 

with good chemical and heat resistance. 

5 Thermo-optical properties of GFRTC prepregs 

When processing and combining FRTCs reinforced 

with different fibers using laser-assisted tape 

placement the thermo-optical properties of the used 

prepregs as well as the base materials is of the 

essence. In particular the different properties of non-

colored prepregs as well as liners and other non-

reinforced base materials compared to completely 

black carbon fiber-reinforced prepregs is striking. 

Although the black color of CFRTC tapes is mainly 

based on the black carbon fibers the color and 

therefore the absorption properties of glass fiber-

reinforced tapes is based on a mixture of the colors 

of the matrix material, the fibers, the added particles 

as well as effects due to optical refraction at the 

boundary layers between the different materials.  

The optical properties of the processed tapes have a 

major influence not only on the energy input during 

laser irradiation but also on the accuracy of non-

contact temperature measurement. Especially the 

combined processing of these materials with 

completely different thermo-optical properties using 

laser-assisted tape placement or winding has to be 

investigated. Due to these reasons a sufficient and 
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efficient laser energy input during tape placement 

and winding of non-colored glass fiber-reinforced or 

non-reinforced thermoplastics comes with some 

major challenges which are being dealt with and 

investigated at Fraunhofer IPT using CO2-lasers as 

an alternative laser source. Fig. 3 and Fig. 4 show 

the results of the optical analysis of PP and PPS 

based glass fiber-reinforced prepregs using FTIR 

and UV-Vis spectroscopy. As shown the absorption 

of both materials is very low at the wave length 

range of diode laser radiation. In contrast CO2-laser 

radiation is absorbed by more than 95 %. 
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Fig. 3. Optical analysis of non-colored PP-GF tape 
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Fig. 4. Optical analysis of non-colored PPS-GF tape 

Further investigations, an extended literature 

research as well as theoretical considerations have 

led to the conclusion that the CO2-laser radiation is 

not completely absorbed by the thermoplastic 

material but also partly by the glass fibers when 

processing GFRTC tapes, see Fig. 5. In the literature 

there are different approaches to describe the effects 

of absorption of laser radiation of plastic materials. 

Commonly the absorption of solids is divided into 

two definitions [5]. In case of surface absorption the 

penetration depth is significantly smaller than the 

material thickness of the processed tapes of 0.25 mm. 

In the case of volume absorption the material gets 

penetrated almost along its entire thickness. At the 

other hand a typical penetration depth for CO2-laser 

radiation in polymers is specified with 100 µm 

[6][7] (ca. half of the tape thickness). However, the 

research in the field of laser-assisted processing of 

thermoplastics was so far mainly focused on laser 

welding of homogenous non-reinforced polymers. 

Due to this not all the findings can be used directly 

to explain the thermo-optical effects during laser-

assisted tape placement and winding which means 

interlaminar welding of fiber-reinforced prepregs 

with a thickness of only 0.15 to 0.25 mm and a 

polymer boundary layer, if existent, with a thickness 

of only a few microns. Based on a comparison of the 

process behavior of the non-colored GFRTC 

prepregs with the one of CFRTC or colored GFRTC 

as well as the needed laser power for processing the 

tapes the laser absorption mechanisms for the special 

case CO2-laser-assisted tape placement of thin fiber-

reinforced tapes could be derived, see Fig. 5. 

 

CO2-laser with 

non-colored GFRP:

Heat conduction

Laser 

radiation

Carbon fibers Glass fibers

Laser (CO2, Diode) 

with CFRP:

 

Fig. 5. Laser absorption mechanisms depending on 

the material and the used laser source 
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Due to these results it is to assume that when 

processing very thin glass fiber-reinforced 

thermoplastic prepregs the CO2-laser radiation gets 

mainly absorbed by the first fiber layers and only 

partly by the pure thermoplastic layer at the surface. 

The penetration depth of CO2-laser radiation of only 

ca. 100 µm in solid polymers however allows the 

use of non-colored and non-reinforced layers or 

liners as first layer which opens completely new 

fields of application for tape placement for example 

in regard to local reinforcement, the first layer 

fixation problem and the use of foils as 

functionalized surfaces. 

 

6 CO2-laser-assisted tape placement and winding 

6.1 Test setup  

For first process parameter investigations and to 

prove the feasibility of CO2-laser-assisted tape 

placement and winding of a combination of non-

colored glass and carbon fiber-reinforced 

thermoplastic prepregs with non-reinforced base 

materials a test bench was developed and assembled, 

see Fig. 6. This test bench consists of a tape laying 

unit, a mirror based laser beam guidance, a 

laboratory scale CO2-laser shaping and 

homogenizing optics, a non-contact temperature 

measuring system as well as a rudimentary closed-

loop laser power control. As basis for the test bench 

an existing diode laser-assisted tape placement unit 

was used without the diode laser optics. This allows 

a direct comparison of the process results with the 

findings regarding diode laser-assisted tape 

placement and winding since all the mechanical 

components and the geometrical relations are the 

same. To adapt the orientation of the fibers within 

the produced parts the tapes can be laid down in 

different directions. To do so the tape laying unit of 

the test bench including the laser optics can be 

rotated around the optical axis of the incoming 

vertical raw CO2-laser beam within certain 

limitations without influencing the laser spot in the 

working plane. The shown test setup is mounted to a 

gantry unit with integrated CO2-laser source as well 

as a beam guidance based on flying optics. A 

winding axis which is part of the gantry unit allows 

the investigation of tape winding. 

 

CO2-laser beam 

guiding and shaping

Consolidation system

Consolidation roller

Tape storage

Placed tape

Laser beam housing

Connection to 

the gantry unit

 

Fig. 6. Test bench setup for CO2-laser-assisted tape 

laying and winding 

 

6.2 CO2-laser beam shaping and homogenization 

Due to the large wave length of the used CO2-laser 

radiation the use of transparent optical components 

is limited. Due to the potential harmfulness of ZnSe 

optics in case of damage only reflective optics are 

used to guide, shape and homogenize the CO2-laser 

raw beam. The intensity distribution of laser beams 

with Gaussian intensity distribution can basically be 

homogenized using two methods, Field-Mapping 

and Beam-Integration [8]. For the test bench setup 

Field-Mapping was realized using two aspherical 

reflectors, see Fig. 7. The raw laser beam is shaped 

by the aspheres into a rectangular spot as well as 

homogenized over its height and width. The 

polynomial equations for the aspherical surfaces of 

the reflectors were especially calculated using 

ZEMAX® in accordance to the measured beam 

profile of the raw CO2-laser beam, the distances 

between the optical elements as well as the working 

plane and the required laser spot size. By adjusting 

the distance between the two aspheres it is possible 

to adapt the height of the laser spot in the working 

plane. The dependency on the condition and the 

exact alignment of the raw beam is a major 

disadvantage of the Field-Mapping method. The 

main advantage of this method is the absence of 

interference phenomena when using coherent 

radiation. 
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Working plane

Input distribution

Height of laser 

spot adaptable by 

changing the 

distance between 

the aspherical

reflectors

 

Fig. 7. CO2-laser beam shaping and homogenization 

using the Field Mapping method 

 

In contrast misalignments have only minor effects 

on the shaped beam when using the Beam 

Integration method, see Fig. 8. Beam Integration is 

based on the principle that the inbound distribution 

gets split into single distribution shares which are 

subsequently homogenized through superposition 

with integrator lenses. Micro lens arrays or faceted 

mirrors can be used for beam integration with the 

disadvantage of possible interferences when using 

coherent radiation [8][9].  

Source: Chair for Technology of Optical Systems 

of the RWTH Aachen (TOS)

Cylindrical faceted 

mirrors

Mirror telescope Working plane

Laser spot adaptable by changing the position 

and rotations of the cylindrical faceted mirrors

 

Fig. 8. CO2-laser beam shaping and homogenization 

using the Beam Integration method [9] 

 

Fig. 9 shows the measured intensity profile of the 

profile of the shaped and homogenized laser spot in 

the working plane using the test bench setup with 

beam shaping according to the Field Mapping 

method. The intensity distribution of the shaped 

laser spot was measured in the style of acrylic mode 

burns. Only that in this case the burned-in laser 

beam profile was digitalized using a profilometer. It 

has to be considered that the beam guidance is not 

completely free of misalignments and pollutions of 

the reflecting mirrors. Nevertheless a laser spot with 

a shape and homogenization level sufficient for first 

process trials could be realized. Yet the strong 

dependency of the output beam from the input 

conditions is obvious. 

70x30mm²
 

Fig. 9. Field Mapping method – acrylic burn 

digitalized using a profilometer 

In Fig. 10 exemplary possible spot sizes using the 

CO2-laser-homogenizer-optics with active zoom 

function newly developed by the Chair for 

Technology of Optical Systems of the RWTH 

Aachen are demonstrated using the red laser beam of 

a HeNe laser source. Compared to Fig. 9 edges of 

the spot are far sharper and the intensity distribution 

is far more homogenous. 

80x60mm²

 

Fig. 10. Beam Integration method – Laser spot 

visualized using a HeNe laser source [9] 
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7 Process investigations 

The analysis of the thermo-optical properties of 

PP-GF and PPS-GF tapes showed that non-colored 

glass fiber-reinforced thermoplastic prepregs can be 

processed virtually in the same way than carbon 

fiber-reinforced thermoplastics when using CO2-

laser radiation. Also for example non-reinforced 

thermoplastic liners can be efficiently molten up at 

the surface. Since CFRTC can be processed with 

both diode and CO2-lasers CO2-laser-assisted tape 

placement can be used to produce hybrid 

components combining CFRTC, GFRTC and pure 

non-reinforced polymers. The key process 

parameters are the temperature, the compaction 

force, the ratio of the irradiation length on the tape 

and the already laid down material as well as the 

feed rate. To quantify the process results during tape 

placement and winding the interlaminar shear 

strength is measured using two wedge peel tests, see 

Fig. 11 and Fig. 12. 

By comparing the reached wedge resistance of 

samples produced with different process parameters 

it is possible to conduct a process parameter 

investigation. Microscopies of cross sectional 

preparations are additionally used for a qualitative 

assessment of the quality of the produced samples. 

Together with experimental design and methodology 

the main process influences as well as their 

interactions can be identified and an optimized 

process parameter set derived.  
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Fig. 11. Interlaminar shear strength test setup for 

tape placed samples 
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Fig. 12. Interlaminar shear strength test setup for 

tape wound samples 

 

8 First project results 

First process parameter investigations were 

conducted using the CO2-laser test bench setup 

described above to produce first samples. By doing 

so an optimized process parameter set for CO2-laser-

assisted tape winding of glass fiber-reinforced PP 

and PPS prepregs in combination with PP liners and 

carbon fiber-reinforced PPS prepregs could be found 

and first demonstration parts produced. Fig. 13 

shows a first wound hybrid pipe consisting of inner 

layers made of non-colored PPS-GF tapes reinforced 

with PPS-CF tapes using CO2-laser-assisted tape 

winding.  

PPS-AS4-56%

PPS-GF60

Ø 40mm

 

Fig. 13. Tape wound and placed hybrid samples 

using CO2-laser radiation 

Fig. 14 shows a corresponding cross sectional 

preparation where a good consolidation between the 

glass and carbon fiber-reinforced thermoplastic 

matrix material can be observed. The quality of the 

interlaminar joint can be observed in Fig. 13. On the 

left side of the picture a diffusion of a few carbon 

fibers into the glass fiber-reinforced area can be 

seen. This is good evidence for extended diffusion 

effects beyond the boundary layers of the GFRTC 

and CFRTC prepregs. The dark areas within the 
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PPS-CF (upper tape) are mainly the result of the 

cross sectional preparation. For cross sectional 

preparations of glass fiber-reinforced thermoplastics 

normally other methods and impregnation resins are 

used than for carbon fiber-reinforced thermoplastics. 

Due to this the cross sectional preparation of hybrid 

parts is based on a compromise which can lead to 

defects in one or both materials. 

50 µm500 µm

PPS-CF

PPS-GF
 

Fig. 14. Microscopy of cross sectional preparations 

of tape wound hybrid PPS-CF/ PPS-GF samples 

100 µm

PPS-CF

PPS-GF

 

Fig. 15. Microscopy of cross sectional preparations 

of tape placed hybrid PPS-CF/ PPS-GF samples 

Fig. 16 shows the fully consolidated defect free 

interlaminar bonding of glass fiber-reinforced tapes 

onto a liner made of non-reinforced PP. At the one 

hand the used CO2-laser radiation gets fully 

absorbed not only at the surface of the PP-GF tape 

but also at the non-colored surface of the PP pipe 

which leads to an energy efficient process. The fact 

that the CO2-laser irradiation has a penetration depth 

of up to 100 µm within non-reinforced non-colored 

thermoplastic materials ensures at the other hand a 

melt volume high enough for optimal interlaminar 

bonding. 

 

50 µm100 µmPP-Liner

PP-GF

 

Fig. 16. Microscopy of cross sectional preparations 

of tape wound hybrid PP-GF/ PP-Liner samples 

 

9 Development of a new CO2-laser tape 

placement and winding system 

The theoretical and preliminary experimental 

research work using a CO2-laser test bench lead to 

first results and a solid knowledge base. Based on 

this and the gained experience the requirements for 

the development of completely new tape placement 

system for CO2-laser-assited tape winding of glass 

fiber-reinforced thermoplastics in combination with 

CFRTC and non-reinforced plastics were derived, 

see Fig. 17.  

Feed unit for tape

Pyrometers

CO2-laser-zoom-

homogenizer-optics

Quick-change interface

CO2-laser beam

Cutting unit (integrated)Cooled or heated roller

Interface to 

beam coupling

Cylindircal faceted mirrors 

for zoom/ homogenisation

Heated mould

GFRP tape storage

Tape

 

Fig. 17. System design for CO2-laser-assisted tape 

placement and winding 
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The newly developed, designed and build up CO2-

laser tape placement and winding system is shown in 

Fig. 18. A HeNe laser source was used to visualize 

the shaped and homogenized laser spot in the 

working area. At present the new system is getting 

put into operation and will be used for additional 

process development and optimizations.  

 

Fig. 18. Build up system for CO2-laser-assisted tape 

placement and winding 

 

10 Conclusion and outlook 

An optimized process parameter set for CO2-laser-

assisted tape winding of glass fiber-reinforced PP 

and PPS prepregs together with CFRTC and a 

thermoplastic liner as winding core could be found 

and first demonstration parts produced using the 

preliminary test bench for CO2-laser tape placement 

and winding. 

The newly developed tape winding system consists 

of a new flexible CO2-laser beam guiding to allow 

the use of all 5 axes of an existing gantry unit at 

Fraunhofer IPT. Furthermore an active CO2-laser 

optics developed by the Chair for Technology of 

Optical Systems of the RWTH Aachen has been 

integrated. This optics will allow the active adaption 

of the width, height and angle of the homogenized 

laser spot. The use of CO2-laser radiation in 

combination with spot dimensions adaptable in a 

wide range will widen the scope of research and 

allow completely new process investigations on the 

influence of these factors on the interlaminar weld 

quality. Furthermore special real time and highly 

accurate pyrometers specially adapted for CO2-laser-

assisted tape placement will be used for in process 

closed-loop control of the laser power as well as the 

irradiation angle. An overall industry ready control 

architecture and closed-loop control system will be 

developed and interconnected with all subsystems, 

e.g. laser source, gantry unit etc. The aim is to 

implement a turnkey CO2-laser-assisted tape 

winding system for the efficient and economic 

production of hybrid that means glass and carbon 

fiber-reinforced thermoplastic components. 
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1 Introduction  

There are wide applications of fibre reinforced 
composite materials in the aerospace structures, 
marine engineering, civil infrastructures, etc. In 
many of these applications, the progressive failure 
analysis is required to predict the mechanical 
behaviour of composite structures. Experimental 
studies have shown that some composite materials 
may exhibit apparent plastic response and 
degradation of their properties. A combined 
elastoplastic damage model considering these effects 
has been developed for composite laminates and 
discussed in [1]. Some composite structural elements 
could also be subjected to dynamic loading and 
composite materials may exhibit strain rate-
dependent mechanical behaviour. For example, 
carbon fibre reinforced composites AS4/3501-6 and 
AS4/PEEK have demonstrated strain rate sensitivity 
under various loadings according to experimental 
investigations [2, 3]. The progressive failure analysis 
of composite materials requires a development of an 
appropriate material constitutive model to 
characterise and represent their complex mechanical 
behaviour, including various in-plane failure modes, 
irreversible deformations, strain rate effects and 
damage initiation and progression.  
Continuum damage mechanics (CDM) provides a 
tractable framework for the simulation of 
progressive failure of materials. Several composite 
material models including strain rate effects have 
been developed based on CDM [4-8]. A few of them 
[4, 5] were developed using viscous regularisation of 
Perzyna type [9] to accommodate strain rate-
dependent plasticity and damage effects in the rate-
independent elastoplastic damage material models. 
In viscoplasticity models based on viscous 
regularisation of Perzyna type, rate-independent 

plastic yield functions are used for describing 
viscoplastic strains. Upon viscoplastic loading, a 
stress state could be located outside the yield surface. 
As a result, the Kuhn-Tucker plastic 
loading/unloading conditions and the plastic 
consistency condition could not be satisfied. Thus, 
the rate-dependent solution to a viscoplastic problem 
using Perzyna type viscous regularisation could not 
be directly obtained based on a return mapping 
algorithm, which is numerically efficient but 
requires that the plastic stress state be “corrected” to 
remain on the yield surface upon viscoplastic 
loading. Instead, a return mapping algorithm can be 
used to obtain the solution to the rate-independent 
plastic problem first. Then, an additional algorithm 
can be developed to convert this solution to the rate-
dependent solution to the viscoplastic problem [10]. 
Alternatively, the rate-dependent solution to a 
viscoplastic problem of the Perzyna type could be 
found using explicit schemes, such as forward Euler 
method [5], or iterative methods in which the 
duration of the iterative process is governed by the 
condition when the sum of the time subsegments 
reaches the size of the current time step [4, 11]. 
Hufner and Accorsi [6] proposed a progressive 
failure model for woven composites with a strain 
rate-dependent yield criterion to describe their 
viscoplasticity effects. The model has been 
implemented using an explicit integration algorithm. 
Huang et al. [7] also developed an elasto-
viscoplastic damage model employing Weeks and 
Sun’s modified Johnson-Cook strain rate-dependent 
yield criterion [3], which required values of the state 
variables from a reference state (e.g. quasi-static 
state), to consider the strain rate effects on the 
plasticity behaviour of composites. The influence of 
strain rate on the evolution of damage was 
considered by the Perzyna type viscous 
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regularisation of the damage thresholds. For the 
viscoplasticity models employing strain rate-
dependent yield criteria, upon viscoplastic loading, a 
stress state is permissible only when it lies on the 
yield surface. In this case, the Kuhn-Tucker 
loading/unloading conditions and the plastic 
consistency condition remain valid. Hence, robust 
and efficient implicit numerical integration 
procedures (such as return mapping algorithms), 
which are unconditionally stable and allow large 
time steps to be used when computational 
convergence rate is good, could be developed for 
these models. A model based on such an approach 
was called a consistency viscoplastic model by 
Wang et al. [12]. According to their work, the 
consistency model was generally more 
computationally efficient than the Perzyna type 
viscoplastic model.  
Although attempts have been made to include 
viscoplasticity effects in CDM-based models, very 
little work has been undertaken to develop 
viscoplastic damage models based on strain rate-
dependent yield functions, especially, in conjunction 
with implicit numerical integration algorithms.   
In this study, an elasto-viscoplastic damage model 
allowing for plasticity, the strain rate effects and 
post-failure progressive damage development in 
composite laminates subjected to various strain rate 
loadings is proposed. Thiruppukuzhi and Sun’s 
strain rate-dependent yield criterion [13] is adopted 
to define the rate-dependent plastic yield surface. 
The use of this criterion ensures that the Kuhn-
Tucker plastic loading/unloading conditions and 
plastic consistency condition remain valid for the 
present viscoplastic model. A damage model is 
employed to take into account the post-failure 
progressive degradation of material stiffness.  An 
appropriate strain-driven implicit integration 
algorithm is developed using equations of 
continuum damage mechanics, plasticity theory and 
return mapping procedure. To ensure the algorithmic 
efficiency of the Newton-Raphson method in the 
finite element analysis, a tangent stiffness operator 
consistent with the developed integration algorithm 
has been derived and implemented. 

2 Consistency elasto-viscoplastic damage model 
2.1 Stress-strain relationship 
The consistency elasto-viscoplastic damage model is 
developed for an elementary orthotropic ply. The 

model accounts for the plastic response, strain rate 
effects, and progressive degradation of material 
stiffness. The plasticity and strain rate effects are 
represented using viscoplasticity theory. The 
damage effects are considered by introducing 
damage variables in the stiffness tensor based on the 
continuum damage mechanics approach. According 
to this, the stress-strain relationships for the 
undamaged and damaged composite materials are 
presented in the following forms, respectively:  

∶ ∶ 	– ;				 (1)
∶ 	 ∶ 	–   

where bold-face symbols are used for variables of 
tensorial character and symbol (:) denotes inner 
product of two tensors with double contraction, e.g. 

∶ S , where the summation 
convention is applied to the subscripts;  and  are 
the Cauchy nominal stress tensor and the effective 
stress tensor (both are of the second order);  is the 
fourth-order constitutive tensor for linear-elastic 
undamaged unidirectional laminated composite; 

 is the one for the associated damaged material. 
The explicit form of   is determined by elasticity 
theory for orthotropic materials; , ,  	  are the 
total strain, elastic strain, and plastic strain tensors, 
respectively; d is the damage variable. 
In finite element implementations, it is more 
convenient to use Voigt notation [14] to convert 
higher order symmetric tensors to lower order 
matrices. The Voigt form of the fourth order tensor 

 adopted in this model is similar to that 
presented by Matzenmiller et al. [15], i.e.   

1 0
1 0

0 0 1
      (2) 

where  (printed in italic) is used to identify the 
Voigt form of ; 1 1 1

;  parameter 1 1 ; 
parameters ,  ,  denote damage developed in 
the fibre and transverse direction, and under shear 
(theses damage variables are constant throughout the 
ply thickness); ,  ,   and ,  are elastic 
moduli and Poisson’s ratios of the undamaged 
unidirectional composite laminate, respectively.  
In order to take into account the different effects of 
compression and tension on the failure modes, the 
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damage variables are introduced as follows: 

	
	if	 0
	if	 0    	

	if	 0
	if	 0    (3) 

where ,  characterise the damage development 
caused by tension and compression in the fibre 
direction, and ,  reflect the damage 
development caused by tension and compression in 
the transverse direction, respectively; ,  are the 
effective stresses in the fibre and transverse 
directions.  
It is assumed that the shear stiffness reduction 
results from the fibre and matrix cracking. To take 
this into account, the corresponding damage variable 
	 is expressed as: 

1 1 1           （4） 

where  represents the damage effects on shear 
stiffness caused by matrix cracking.  

2.2 Viscoplasticity model 

Plasticity is assumed to occur in the undamaged area 
of the composites under load. The strain rate-
dependent plastic behaviour of composite materials 
in the undamaged area is modelled by the following 
equation: 

, ̃ , ̃ 	 ̃ , ̃ 0 (5)

where  and  are the plastic yield function and the 
plastic potential, respectively;  is the hardening 
parameter, which depends on the plastic 
deformations and is strain rate-dependent; it is 
expressed in terms of equivalent plastic strain ̃  and 
equivalent plastic strain rate ̃ .  
The plastic potential has the same form as in the 
original model [1] and is given by 

	 	 	2 	 		               (6) 

where  is a material-characteristic constant which 
describes the different level of plasticity developed 
under shear loading compared to the transverse 
loading;	  is the effective shear stress.  
A power law accounting for the strain rate-
dependent hardening behaviour is expressed as 
follows [13] 

          ̃ , ̃ ̃ , ̃ ∗
∗
         (7) 

where  is the equivalent stress, , ∗  and ∗  are 
coefficients that define the strain rate-dependent 
hardening curve and are determined from 
experiments. According to experimental results, the 
parameters  and ∗	 are rate-independent [13]. 
These two parameters are determined using an 
approach based on the linear regression analyses of 
the off-axis tensile tests performed on the 
unidirectional composite specimens subjected to a 
constant total strain rate loading (e.g. quasi-static 
loading) [13, 16]. Theoretically, two constant 
equivalent plastic strain rate experiments are 
sufficient to determine the other two parameters 
	and ∗. They can be found by making a linear fit 

of the amplitudes of the variable  (let 	
̃

∗
	) and equivalent plastic strain rate ̃  on the 

log-log scale. The parameters 	 and ∗  are 
determined from the plots as the intercept and the 
slope, respectively [13]. 
The associated plastic flow rule is assumed for the 
plastic evolution in composites. According to this 
law, the plastic strain rate tensor is expressed as: 

		                           (8) 

where 0  is a nonnegative plastic consistency 
parameter; hereafter .  
Similarly, the associated hardening rule is also 
assumed for the equivalent plastic strain rate in the 
following form: 

̃ 	                          (9) 

Note that this form does not hold if the original 
quadratic form of Thiruppukuzhi and Sun’s strain 
rate-dependent yield criterion is adopted. The use of 
the associated hardening rule in the form of Eq.(9) 
reduces computational cost in the numerical 
integration procedure. 

2.3 Damage model 

In order to characterise the degradation of material 
properties due to growth of microcracks after the 
damage initiation and prior to complete failure of the 
ply, a CDM-based damage model that has been 
implemented in the previous version of the 
elastoplastic damage model [1] is adopted in this 
work. The damage model includes the damage 
initiation and propagation criteria, which predict the 
onset and further evolution of each damage 
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mechanism, and the damage evolution laws, which 
govern the evolution of damage variables.  

2.3.1 Damage initiation and propagation criteria 

In order to predict the damage initiation and 
propagation of each intralaminar failure mechanism, 
the damage initiation and propagation criteria are 
given by 

, 	 	 0	             (10) 

1 , 1 , 2 , 2 , 6  

where  and  are the loading function and damage 
threshold corresponding to each failure mechanism; 
the loading function  is adopted in this work in the 
form of Hashin’s failure criterion [1, 17];   controls 
the size of the expanding damage surface and 
depends on the loading history, the initial value of  
is 1; subscripts 1 and 2 represent the fibre and 
transverse directions of the unidirectional ply; 
subscripts t and c denote tension and compression. 
The damage variable  (see Eq.(4)) represents the 
damage effects on the shear stiffness due to matrix 
fracture caused by a combined action of transverse 
and shear stresses. However, the compressive 
transverse stress has beneficial effects on the matrix 
cracking. Thus, it is reasonable to assume that the 
damage effects are governed by the tensile matrix 
cracking, i.e. , . 

2.3.2	Damage	evolution	

Once any of the damage initiation and propagation 
criteria is fulfilled, further loading will cause 
damage growth leading to the degradation of 
material stiffness corresponding to the relevant type 
of failure mechanism. The deterioration of material 
stiffness is governed by the damage variables. The 
evolution of damage is possible only when the 
stresses reach the level corresponding to the damage 
surface. In further process of damage evolution, the 
following damage consistency condition should be 
satisfied to determine the value of the parameter   

	 0                        (11) 

Based on this condition, the values of the damage 
thresholds could be found by integrating equation 

,  i.e. d d  and taking into 
account the initial conditions , 0 and , 1. 
The following expressions for damage thresholds  
can be derived:  

max 1,max 	 	 			τ ∈ 0,        (12) 

The following exponential damage evolution law is 
adopted for each damage variable to simulate the 
softening branch of each stress strain curve: 

1 	 exp 1             (13) 

where is the parameter that defines the 
exponential damage law. Numerical simulations 
based on the use of strain-softening material 
constitutive models might output mesh-dependent 
results. In order to alleviate the mesh dependency, 
the parameter  is determined using the procedure 
presented in [1].   

3	Computational	aspects		

The proposed consistency elasto-viscoplastic 
damage model is implemented in the finite element 
code Abaqus using the user-defined subroutine 
UMAT. A strain-driven unconditionally stable 
implicit numerical integration algorithm based on 
the closest point projection return mapping 
procedure for this model is developed. The tangent 
operator that is consistent with the numerical 
integration algorithm is also derived to ensure the 
quadratic convergence rate of the Newton-Raphson 
method in the nonlinear finite element analysis. 

3.1	Integration	algorithm	

The simulation of plasticity response is an 
incremental process that must be characterised by 
the rate constitutive equations (e.g. Eq.(8) and 
Eq.(9)). To obtain the overall stress strain 
relationship, the numerical integration of the rate 
constitutive equations over a discrete sequence of 
time steps is required. In this way, the continuum 
problem is converted into a series of incremental 
problems. The solution of each nonlinear inelastic 
incremental constitutive problem under 
consideration is achieved using the Newton-Raphson 
iterative method, through which the nonlinear 
incremental problem is consistently linearised into a 
sequence of linear problems and subsequently 
solved [18].  
The current incremental nonlinear inelastic problem 
is regarded as strain driven as the stress history is 
calculated based on the strain history through the 
integration algorithm. The time history of loading is 
discretised into a series of time intervals 

, 	 0, 1, 2,⋯ ). Within time step 
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[ , ], the strain increment Δ  and total strain  
in UMAT are generated by Abaqus. The initial 
values of a set of state variables 

, , ̃ , , , , , , , which are the converged 
values of the previous increment, are  passed on 
from the main computational procedure. The 
developed strain-driven implicit integration 
algorithm is adopted to update this set of state 
variables as well as the Cauchy stress tensor . At 
the end of each increment, the solutions should fulfil 
all the governing equations that constitute the 
consistency elasto-viscoplastic damage model. The 
updated stresses and solution-dependent state 
variables are stored at the end of the (n+1)th 
increment and are passed on to the user-defined 
subroutine UMAT at the beginning of the next 
increment. 
Based on the operator splitting methodology [11], 
the constitutive equations of the proposed 
consistency elasto-viscoplastic damage model are 
additively decomposed into three parts, i.e. the 
elastic, plastic and damage parts. Accordingly, the 
numerical integration algorithm consists of three 
steps, namely, the elastic trial predictor to check the 
stress state (either plastic loading or unloading), the 
plastic corrector for iteratively calculating the plastic 
deformation related internal state variables, such as 
the plastic strain components, the equivalent plastic 
strain and its rate, and the damage corrector for 
calculating the damage variables and the nominal 
Cauchy stresses. The three-step numerical algorithm 
is briefly described as follows: 

1. The elastic trial predictor 
In this step, the mechanical response is assumed to 
be elastic under the given strain increment  
within [ , ]. The trial effective stress tensor is 
calculated as : . The 
plasticity response of the material is assumed to be 
“frozen”, i.e. the trial plastic strain components and 
other plastic deformation related internal variables 
have the values at time	 . In a similar manner, the 
damage growth is also assumed to be fixed in this 
step. The plastic yield criterion Eq.(5) is checked to 
determine the status of the elastic trial state (the 
stress state at the current step).  

, ̃ , , ̃ , 0     (14) 
Under constant strain rate loading, the value of the 
equivalent plastic strain rate in the current time 

increment is close to that in the previous time 
increment. In order to improve the efficiency of the 
algorithm, the converged value of ̃  at the end of 
each increment is used as the initial value for the 
next time increment at the same integration point.   
If the plastic yield criterion under the elastic trial 
state Eq.(14) is satisfied, the elastic trial state lies 
within or on the yield surface and is the actual stress 
state within [ , ]. Otherwise, the elastic trial 
state lies outside of the yield surface. Plasticity 
evolves under the given strain increment . The 
plastic corrector is used to find the state variables 

, , ̃ , ̃  . 

2. The plastic corrector 
In the case of plastic loading, the trial effective 
stresses and plastic internal variables should be 
corrected to “return” to the yield surface. In this 
step, the closest point projection return mapping 
algorithm is employed. The converged values at the 
end of the 1 th increment , , ̃ , 
̃   ensure that upon yielding, the determined 

stress state lies on the yield surface. This prevents 
the drift from the yield surface due to the 
unconverged solutions as in the case of explicit 
integration schemes (such as the forward Euler 
integration procedure). The nonlinear incremental 
problem is solved as indicated earlier using Newton-
Raphson iterative procedure. The iterations are 
performed until the final updated set of state 
variables , ̃ , , ̃ ,  fulfils the yield 
criterion , ̃ , , ̃ , TOL, where 
TOL is the error tolerance which is set to 1 10  
in this work. 
Until now, the stress state is corrected in the 
effective space. So only the effective stresses are 
updated and damage development is not taken into 
account. In what follows, the corresponding damage 
variables are updated and the effective stresses are 
corrected in the damage corrector step to 
subsequently update the nominal stresses. The final 
state of the plastic analysis is taken as the initial 
condition for the damage analysis, while the plastic 
deformations remain fixed in the damage corrector 
step. 

3. The damage corrector 
In the damage corrector step, the damage variables 
can be determined explicitly using the state variables 
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obtained from the plastic corrector step. The values 
of the loading functions ,  are calculated 
according to the Hashin’s failure criterion [1] using 
the updated effective stress components. The trial 
damage thresholds take the values determined in the 
previous time step , , , and the damage 
initiation and propagation criteria Eq.(10) 

, , , 0  are checked. If the present 
stress state meets these criteria, damage does not 
grow and the trial damage thresholds are the actual 
damage thresholds , , , . The 
corresponding damage variables ,  take the 
values obtained from the previous time step , . 
Otherwise, damage evolves, according to Eq.(11) 
and the initial conditions , 0 , the damage 
thresholds under the present stress state are 
determined as , , . Noting that the initial 
value of each damage threshold is 1.0 and damage 
growth is an irreversible process, the damage 
threshold for each damage mechanism is an ever-
increasing variable. Therefore, Eq.(12) holds in the 
loading history. For simplicity, this equation is used 
directly in the numerical integration algorithm to 
update the damage thresholds , . The damage 
variables for the current state ,  are updated 
according to Eq.(13). Once the damage variables are 
determined, the nominal Cauchy stress tensor in the 
damaged configuration at the end of 1 th 
increment is calculated using the equation Eq.(1)	  
as follows: 

:                    (15) 

The three-step numerical algorithm for the update of 
stress tensor and solution-dependent state variables 
(e.g. plastic strains, equivalent plastic strain and its 
rate) has been implemented in Abaqus using the 
user-defined material subroutine UMAT. In order to 
ensure the algorithmic efficiency of the Newton-
Raphson method in the implicit finite element 
analysis, a tangent stiffness operator that is 
consistent with the developed integration algorithm 
has been derived and implemented. 

3.2	Consistent	tangent	stiffness	tensor	

The consistent tangent stiffness tensor provides the 
relation between a small variation in strain and a 
small variation in stress around the updated state in 
which all the governing constitutive equations 

remain satisfied at time . The consistent tangent 
stiffness tensor for the proposed consistency elasto-
viscoplastic damage model is derived in the 
following form:  

: :       (16) 

 in which the fourth-order tensor  can be 
presented in Voigt notation (in indicial form) as 
follows:  

|
∂

∂
 

              	              (17) 

, , , , 1,2,3 ; 		 1,2  
 where matrix  is asymmetric. 
This results in the asymmetry of the consistent 
tangent matrix. The explicit expression of matrix  
along with the associated derivatives are given in 
[1]. In Eq.(16),  is the fourth-order 
compliance tensor of the linear-elastic undamaged 
composite material and  is the consistent 
tangent stiffness tensor for the incremental plastic 
problem. The latter is expressed as:  

  
: ⊗ :

: :
      (18) 

 where ;  
denotes the increment of plastic consistent parameter 

 in the 1 th increment; ∂ ∂ / ∂ ; 
symbol (⊗  denotes the tensor product of two 
tensors; Δ  is the time increment in the (n+1) th 
increment, i.e. Δ  = - , this value is provided 
by the finite element package Abaqus at the 
beginning of each time step. 

3.3	Viscous	regularisation	

Numerical simulations based on the implicit 
procedures, such as Abaqus/Standard, and the use of 
strain-softening material constitutive models often 
encounter computational problems and could be 
aborted prematurely. In order to alleviate these 
computational difficulties and improve convergence, 
a viscous regularisation scheme has been 
implemented in the following form [19]:  

,				 1,2,3         (19) 
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where  is the damage variable determined 
according to Eq.(3) and Eq.(4),  is the regularised 
viscous damage variable, and  is the viscosity 
coefficient. 
The regularised damage variable in the 1 th 
increment is calculated as  

, , ,       (20) 

and the corresponding regularised consistent tangent 
stiffness tensor is derived as:  

: :   (21) 

where the fourth-order tensor  can be presented 
in Voigt notation (in indicial form) as follows:  

|
∂

∂
 

⋅             (22) 

              , , , , 1,2,3 ; 	 1,2  

3.4	Computational	procedure	

The computational procedure based on the 
integration algorithm presented earlier includes the 
computations of the elastic predictor, plastic 
corrector and damage corrector and the calculation 
of the regularised consistent tangent stiffness tensor 
as follows:   

1. Initial conditions:  

, , , ̃ , ̃ , , , 
, , , , , , , , . 

 2. Elastic predictor:   

    a. Assign and compute the trial state variables:  

        
, ; 				 ̃ , ̃ ; 				 ̃ , ̃ ;

; 				 : ;
 

    b. Check the yield criterion:     

            , ̃ , , ̃ ,  

̃ , , ̃ , 0 

If 0, then set ,  = , , 

̃  = ̃ , ,  = . Otherwise, plasticity 
evolves, go to step 3.   

3. Plastic corrector (updating the effective Cauchy 
stresses and plastic internal state variables): 

The Newton-Raphson method is employed to solve 
the nonlinear problem 
 , ̃ , ̃ 0 
iteratively in order to compute the actual state 
variables { , ̃ , ̃ , }:   

    a. Initialize:  

0,				 ,				 , , ,

̃ , ̃ , ,				 ̃ , ̃ , ,				 , 0.
 

    b. Calculate , , 	 ,  ̃ , , 

̃ , , ,   in the 1 th iteration;  

    c. Update the plastic state variables in the (k+1) th 
iteration:  

, , , ;
, , , ;

̃ , ̃ , ̃ , ;

̃ , ̃ , ̃ , ;

 

 

 d. Calculate , ̃ , , ̃ , , 

If TOL , then , 
, , ̃ ̃ , , ̃ ̃ , ; calculate 

. Otherwise, set 1, go to b.  

 4. Damage corrector (updating the nominal Cauchy 
stresses): 

    a. Calculate , , updating , max 1, 
, , ,  

    b. Calculate damage variables , , , , 
,  and  with , ,  , , 
, 	 . 

c. Update the nominal stresses: 

  :   

    d. Calculate the tensor  and the regularised 
consistent tangent stiffness tensor:  

d
d

: :  
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This procedure has been implemented in Abaqus 
using the user-defined material subroutine UMAT. 

4	Numerical	Analyses		

To examine the capability of the proposed 
methodology of capturing the rate dependent 
response and predicting the failure of composite 
laminates, the progressive failure analyses of 
S2/8552 composite laminates with layups 45∘/
90∘  and 75∘/ 60∘/30∘  subjected to uniaxial 
tensile loading at strain rates of 0.0001, 0.01, and 1/s 
in the length direction have been performed. The 
experimental investigation of the mechanical 
response of these laminates was carried out by Tsai 
and Wang [20]. The length, width and thickness of 
the laminates are 100, 17.8 and 2.4 mm, 
respectively. The material properties and model 
parameters of S2/8552 composite reported in Tsai 
and Wang [20] are adopted in these analyses and 
listed in Table 1.  
Strain rate-independent longitudinal tensile strength 

 is adopted for S2/8552 composites with the value 
of 2006 MPa for a similar S2-glass/epoxy composite 
material system as reported in [21]. The dynamic 
longitudinal compressive strengths  are 
determined based on the results of experiments 
conducted by Tsai and Sun [22]. According to the 
investigations published in [23-26], a unified 
logarithmic function having the same form as that 
reported in [26] is developed for the prediction of 
the strain rate-dependent matrix dominated strengths 
in the following form:  

log 1             (23) 

where parameter  represents , , and ;  is 
material parameter that is determined from curve 
fitting of experimental data, and  is the reference 
strain rate, which takes the value of 10 /  for 
quasi-static loading. For S2/8552 glass/epoxy 
composite, the transverse tensile strength 

131 MPa as reported in [25], the 
transverse compressive strength 242.27 
MPa, while the value of the in-plane shear strength 

	 87.79 MPa. The value of the material 
parameter  is determined to be 0.08926. In this 
work, constant values of strengths are used in the 
analyses during the loading history. The 
corresponding results for each strain rate are listed in 
Table 2.  

The values of fracture toughness parameters 
associated with fibre tensile and compressive failure 

, 81.5 N/mm and , 106.3 N/mm for 
IM7/8552 reported in [27] are adopted in this study. 
The value of Mode I dynamic initiation interlaminar 
fracture toughness of S2/8552 composites given as 
1.2395 N/mm in [28] is used as a substitution for the 
Mode I intralaminar fracture toughness parameter 

, . The parameter , 2.5459 N/mm  as 
measured by Bing and Sun [29]. Using this value, 
the parameter ,  is calculated according to the 
equation suggested in [30], i.e. ,

, /cos 53∘ 4.2304 N/mm. These parameters 
are listed in Table 1. 
The comparisons of the experimental and predicted 
uniaxial stress versus strain curves calculated for the 
S2/8552 glass/epoxy laminates with the layups of 
45∘/90∘  and 75∘ / 60∘/30∘  loaded at 

three different strain rates are depicted in Figs. 1 and 
2. It follows from these graphs that the strain rate-
dependent mechanical response of S2/8552 
composites is well reflected. The model predictions 
agree reasonably well with the experimental results 
at strain levels less than 1%. Discrepancies become 
larger at higher strain levels. As can be seen, the 
failure behaviour of the composite laminates could 
be predicted by the present model sufficiently well. 
It follows from Figs. 1 and 2 that more significant 
stress drops are observed in the 45∘/90∘  
laminates compared with those shown for the 
75∘ / 60∘/30∘  laminates. This is because only 

the fibres in the 45∘  plies of the  45∘/90∘ 	 
laminates contribute to resistance of the uniaxial 
loading. Whereas in the case of the 75∘/ 60∘/
30∘  laminates, the fibres in all the plies are 
carrying the load. As a consequence, the failure 
processes in the 45∘/90∘ laminates are more 
abrupt. A minor stress decrease is first observed in 
each uniaxial stress versus strain curve of a 45∘/
90∘ laminate and then followed by a more 
pronounced stress drop. The first drop is triggered 
by the matrix cracking in the 90∘  plies while the 
second one is caused by matrix cracking occurring 
in the 45∘ plies. According to the predicted pattern 
of damage development (i.e. variations in and  
parameters), the failure modes in these two 
laminates can be attributed to matrix cracking. The 
matrix damage distribution at the end of the analysis 
in a 30∘	 ply of the 75∘ / 60∘/30∘	  S2/8552 
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glass/epoxy laminate subjected to tensile loading at a 
strain rate of 1/s is illustrated in Fig. 3. It follows 
from this figure that matrix damage spreads in a 
large area of the ply. The matrix damage patterns in 
other plies of the 75∘ / 60∘/30∘	  laminate are 
similar to the one shown in Fig. 3. For both 
laminates under consideration, the fibre breakage 
has not been observed. As can be seen from Figs. 1 
and 2, the damage progression occurs without 
further increase in the external loading when the 
certain level of matrix damage in the laminates has 
been reached.  

5. Conclusions 

A consistency elasto-viscoplastic damage model 
capable of simulating the strain rate-dependent 
behaviour and progressive failure of composite 
laminates has been developed. The model takes into 
account various failure mechanisms, strain rate-
dependent effects and the progressive degradation of 
material stiffnesses. The corresponding strain-driven 
implicit numerical integration algorithm employing 
the closest point projection return mapping 
algorithm has been developed for the solution of the 
nonlinear problems under consideration. The tangent 
stiffness operator that is consistent with the 
developed numerical integration procedure has also 
been derived to ensure the quadratic convergence 
rate pertaining to the Newton-Raphson method in 
the finite element analysis of nonlinear problems. 
The material model has been verified through 
numerical simulations of S2/8552 laminates with 
two different layups which exhibit significant strain-
rate dependent response under tensile loading at 
various strain rates. It has been shown that the 
proposed model is capable of efficiently capturing 
the strain-rate dependent mechanical response of 
composite materials and predicting their failure 
sufficiently well. 

Table 1: Material properties of S2/8552 and model 
parameters  

      ∗ 

55.7 
GPa 

21.5 
GPa 

6.9 
GPa 

0.29 1.4 6.50e-12 
(MPa)	 ∗

-0.125

∗ 	 , 	 , 	 		 , , 	 		 , 	  

3.9 81.5 
N/mm 

106.3 
MPa 

1.2395
N/mm

4.2304 
N/mm 

2.5459 
N/mm 

 

Table 2: Dynamic strengths of S2-glass/epoxy composite 
laminates subjected to various loading rates 

Strain rate 0.0001/s 0.01/s 1/s
2006 2006 2006
897.36 1098.70 1300.03
131.00 154.39 177.77
242.27 285.52 328.77
87.79 103.46 119.13

 

 
Fig. 1. Comparison  of  the  predicted  and  experimental 
uniaxial stress versus strain curves of the 45∘/90∘  
S2/8552 glass/epoxy  composite laminates  subjected  to 
tensile loading at strain rates of 0.0001/ , 0.01/s and 1/s . 

 
Fig. 2. Comparison of the predicted and experimental 
uniaxial stress versus strain curves of the 75∘/ 60∘/
30∘  S2/8552 glass/epoxy laminates subjected to tensile 
loading at strain rates of 0.0001/ , 0.01/s and 1/s.  
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Fig. 3. Predicted matrix damage pattern ( ) at the end of the analysis in a 30∘	ply of the 75∘ / 60∘/30∘	  S2/8552 
glass/epoxy laminate subjected to tensile loading at a strain rate of 1/s. 
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Abstract 

Research has shown that fibre metal laminates 
(FMLs) are better than monolithic alloys in terms of 
corrosion resistance, fatigue load, high blast 
resistance and impact energy absorption. This study 
aims to explore the potential of manufacturing a new 
type of FML by introducing fibre reinforced 
thermoplastic elastomer (FRTPE) layers to replace 
conventional fibre reinforced thermoplastic polymer 
(FRTPP) layers within FMLs. With the well-known 
high damping capability of the elastomer, an FRTPE 
laminate is expected to have improved impact 
resistance and shock load absorption ability when 
compared with its FRTPP layered counterpart. 

With aluminium sheet as the metal component, 
different types of FMLs were manufactured using 
thermoplastic polymers (TPP) and thermoplastic 
elastomers (TPE) as matrix to incorporate glass fibre 
reinforcement for FRTPP and FRTPE laminates. A 
finite element model was developed using ABAQUS 
to understand the impact behaviour of the proposed 
FRTPE FML system. The manufactured TPE and 
TPP based FMLs have been evaluated for their 
tensile and impact properties. Tensile testing showed 
that FRTPP based FMLs have higher strengths and 
moduli, whereas impact strength significantly 
improved for FRTPE based FMLs as demonstrated 
by energy absorption during drop weight tests.  

1. Introduction  

Fibre metal laminates (FMLs) are hybrid 
composite materials built up from interlacing layers 
of thin metals and fibre reinforced polymers (Fig. 
1)[1]. They consist of thin, high strength aluminium 
alloy sheets alternately bonded to plies of fibre 
reinforced polymer (FRP). FMLs provide excellent 
mechanical properties resulting from the 
combination of the best properties of both materials. 
FMLs offer several advantages compared to 

conventional metal alloys, such as superior fatigue 
behaviour, excellent damage tolerance properties, 
high resistance to crack propagation and corrosion, 
and labour savings due to less number of parts 
required for fabrication, which make them the ideal 
materials for aircraft structures [2-5]. 

 

 
Fig. 1. Structure of fibre metal laminates (FMLs). 

 
Aircraft industry had been using monolithic 

aluminium for manufacturing of fuselage for a long 
time, but due to its high density and low strength to 
weight ratio, the need for better and lighter materials 
arose [6]. In 1950s, the Dutch Fokker aircraft 
company chose to adapt to laminated bonded 
structures mainly for cost effectiveness leading to 
the first introduction of fibre metal laminates in 
aircraft components [7]. During this period, the key 
advantage of FML was identified as its ability to 
prevent fatigue crack growth thorough the thickness 
of the material. Having layers of prepreg covered by 
metal sheet provided shielding for prepreg against 
moisture, whereas a layer of prepreg prevented 
fatigue crack propagation through to the inner layer 
of metal. Subsequent fatigue tests showed that 
aircraft components made of FMLs have a longer 
life cycle than those of conventional composite 
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materials [8]. Another favourable property of FMLs 
is their high strength to weight ratio; reducing 
weight to about 20-50% compared to a full 
aluminium structure. FMLs also have high fire 
damage tolerance and lower cost compared to 
aluminium sheets [7]. These properties made FMLs 
very attractive for aircraft engineering.  

Typically, carbon/epoxy and glass/epoxy are 
used as FRPs in FMLs, commercially available as 
ARALL (Aramid Reinforced ALuminium Laminate) 
[9, 5] and GLARE (GLAss REinforced) [9, 3], 
respectively. The use of these hybrid materials has 
increased over the past decade because of the 
acceptance of these materials by the Federal 
Aviation Administration (FAA) and European 
Aviation Authorities, majorly due to the failure of 
aluminium developers to improve their products. 
Applications of FMLs were then extended to the 
fuselage skin of aircraft. In 1980s, a range of FMLs 
were developed with improved mechanical 
characteristics [7]. This was achieved by an 
optimised, carefully balanced mix of thin aluminium 
layers combined with fibre/epoxy layers. First 
generation of FMLs, ARALL, were developed 
primarily for aircraft wing applications, as they 
proved to be significantly lighter than metal [5]. A 
significant weight saving of 20-30%, compared to 
monolithic aluminium, was achieved when ARALL 
was used to build full scale wing panels for Fokker-
50  and Fokker-27 [6] aircraft during 1984-87. 
Despite this, ARALL had certain disadvantages, 
such as limitation of fibre volume fractions, poor 
compression and the inherent anisotropic properties 
of the laminate [10], that limited its extensive use for 
fuselage.  

Later, a stiffer variant of ARALL which 
consisted of carbon fibres instead of aramid fibres, 
the CARALL laminates, were developed [11]. 
Recent research has shown that CARALL laminates 
also suffered from fibre failures occurring during 
flight-simulation fatigue tests at elevated stress 
levels, which resulted in poor fatigue performance. 
Limited failure strain of carbon fibres (0.5–2.0%) 
was thought to be a disadvantage [3] due to its 
sensitivity to notch behaviour compared to 
monolithic aluminium alloy. Galvanic corrosion 
between carbon fibres and aluminium sheet in 
moisture environment also presented difficulties. 

Second generation of FMLs, GLARE, was 
introduced in 1987 [12, 9]. In contrast to ARALL, 

that had unidirectional fibre layers, GLARE was 
optimised to have both unidirectional and cross-
plied variants [5]. The introduction of glass fibre 
reinforcement improved the fibre-matrix adhesion 
compared to that for aramid or carbon fibres. 
Moreover, glass fibres are much more resistant to 
compressive loading, thus reducing the possibility of 
fibre failure during fatigue loading. Glass fibres in 
FML were meant to provide not only higher 
compressive strength, but also thermal insulation. In 
1988-89, full scale A330/340 fuselage 
manufacturing was achieved using GLARE as the 
core material [3]. GLARE provides several superior 
properties, out of which the impact characteristics 
make them an excellent material for impact sensitive 
areas, such as the cockpit crown, forward bulkheads, 
and leading edge. 

However, the acceptance of such hybrid 
materials depends on both the cost balance 
throughout the life of aircraft and the development 
of new fabrication techniques to make the optimum 
use of material properties. Due to complexity of 
manufacturing and repair difficulties, considerable 
research in the past several years has focused on 
developing proper material combinations, processing 
and manufacturing methods. One of the major issues 
was the prolonged processing cycle required for 
complete curing of the thermoset matrix and 
optimised bonding throughout the interlayer of the 
laminates due to the use of epoxy resin as matrix in 
early FMLs. In 2000, Reyes and Cantwell [1] 
produced FMLs using thermoplastic matrix instead 
of thermosets, which can significantly reduce 
processing time because the thermoplastic-based 
composites can be easily moulded and bonded to a 
metal substrate. 

One limitation of FMLs is that they often have 
low impact resistance compared to pure metal 
sheets. Hence novel designs and manufacturing 
processes are continually explored to improve the 
impact resistance of FMLs [2]. The present work 
addresses this effort by developing and 
characterising the failure and impact behaviour of a 
specific type of FML, which utlises thermoplastic 
elastomers (TPE) instead of thermosets or 
thermoplastic polymers (TPP) with the aim to 
improve impact energy absorption capabilities. 
Impact response of the FMLs was characterised 
using low velocity impact tests as per standard 
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ISO6603 and modelled using the finite element 
method (FEM).   

2. Materials 

In this study aluminium sheets, thermoplastic 
elastomer (SantopreneTM), adhesive (FusabondTM), 
glass fibre thermoplastic twill fabrics (Twintex®) 
and unidirectional FRP tapes (Plytron) were used for 
manufacturing FMLs with various layup 
configurations for performance characterisation, as 
listed in Table 1. 

Table 1: Constituent materials used for FML 
manufacturing 

Material 
  

t 
mm 

Mass 
g 

ρ 
kg/m3 

E 
GPa 

UTS 
MPa 

Poisson's 
Ratio 

v 

Al-5052 0.6 250 2680 7.03 265 0.33 

Al-5005 0.45 189.5 2700 6.89 180 0.33 

Plytron 0.23 119.5 3413 17.50 338 0.40 

Twintex  0.35 113.3 324 15.30 360 0.40 
E-glass 
(Plain-
weave) 0.35 120 943 70.00 3400 0.40 
Santoprene 
(TPE) - 158.6 970 0.0023 7 0.40 

 
This study concerns with thermoplastic 

elastomer based FMLs and their performance is 
compared with thermoplastic polymer based FMLs. 
Two different aluminium alloys, Al-5052 and Al-
5005, were used for two different layup 
configurations. One (Al-5005) was 0.45 mm thick 
for 3/2 layup, and the other one (Al-5052) was 0.6 
mm thick for 2/1 layup. Plytron, a prepreg with 
unidirectional glass fibres reinforced in 
polypropylene (PP) matrix, was selected as one of 
the composites due to its noteworthy mechanical 
properties. Twintex, also a PP base glass fibre 
composite, was chosen as it comes in a fabric form 
with bi-weave arrangement. 

SantopreneTM, a thermoplastic elastomer with 
PP base from Monsanto, and a bonding adhesive 
(FusabondTM) was extruded from granular pellets 
into sheets which were then used to manufacture 
FRTPE laminates. 

3. Manufacturing of FMLs 

For successful manufacturing of the proposed 
elastomer based FML systems, each of the 
constituents needs to be properly prepared with 
standardised processing techniques to produce 

materials in the useable form. The processing 
temperature window was identified using 
diffenential scanning calorimetry (DSC) to ensure 
processability of the materials and the final product 
integrity.  

The laminate manufacturing process is 
schematically shown in Fig. 2. The size of each 
sample was 395 × 395 mm. Four different 
combinations of FMLs were produced (Table 2) in 
two layup sequences, a 2/1 layup where there were 2 
aluminium layers and 1 composite layer in the 
middle, and a 3/2 layup where there were 3 
aluminium layers and 2 composite layers between 
them. The stacking sequence is described in Table 3. 

 
Table 2: FML system combinations 

1 Aluminium + Plytron  
2 Aluminium + Twintex  
3 Aluminium + Santoprene  
4 Aluminium + Plain weave Glass fibre + Santoprene  

 
Table 3: Stacking sequence and physical properties 

of manufactured FMLs 
2/1 Layup - Al-5052 
with FRP or FRE 

FRP/FRE 
used 

Stacking 
Configuration 

Thickness, 
mm 

Mass, 
g 

Plytron Al/0-90 Plytron/Al 1.8 625 

Twintex 
Al/Twintex Bi-

weave/Al 
2.5 750.3 

TPE 
Al/ TPE/E-

Glass/TPE/Al 
2.7 618.7 

3/2 Layup - Al-5005 
with FRP or FRE 

FRP/FRE 
used 

Stacking 
Configuration 

Thickness, 
mm 

Mass, 
g 

Plytron Al/0-90 Plytron/Al/0-90 
Plytron/Al 

2.4 755.3 

Twintex Al/Twintex/Al/Twintex 
/Al 

2.8 873.9 

TPE 
Al/TPE/E-

Glass/TPE/Al/TPE/E-
Glass/TPE/Al 

5.2 1217.9 
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Fig. 2. Manufacturing process of FMLs. 

 
Fig. 2 depicts the procedure of forming a 

typical 3/2 layup FML. Maleic anhydride modified 
polypropylene (MAPP), which was FusabondTM 
P613 from DuPontTM, was used as the adhesive 
interlayer for the thermoplastic polymer based 
FMLs. Several trials were carried out to determine 
the exact amount (90 g) of Fusabond that would 
cover the specimen area. The weighted pellets were 
then placed on the top of a Teflon sheet and placed 
inside the pre-heated mould. The pellets were 
pressed for about 2 minutes at a pressure of 0.3 MPa 
and a temperature of 165 oC. 

The laminates were then hotpressed in a 
compression mould using a 100-ton Hydraulic Press. 
Table 4 shows the stacking configurations and the 
temperature and pressure profiles for different types 
of FMLs. Before stacking with their polymer 
composite counterparts, the aluminium sheets were 
dipped into 5% sodium hydroxide (caustic soda) 
solution whereby the aluminium was etched and its 
anodised layer was removed. The aluminium sheets 
were then air-dried. The surface roughness of the 
aluminium after etching promotes improved 
adhesion. The adhesive layers were then placed 
between the composite layer and aluminium sheet. 

The mould was pre-heated to the desired 
forming temperature. The layers of laminates were 
placed inside the mould and pressure was applied to 
compress the layers together. A Teflon sheet, about 
0.45 mm thickness, was used to prevent the 
laminates from sticking to the die. The material was 
held inside the mould for about 8 to 10 minutes for 
TPP based FMLs and 10 to 12 minutes for TPE 
based FMLs. To avoid residual stresses and 
delamination, the material was cooled to room 
temperature inside the mould. 

 
  

Table 4: Stacking configurations and forming 
temperature and pressure of FMLs 

Lay
up Configuration 

Forming 
Temperature, 

oC 

Forming 
Pressure, 

MPa 

Hold 
Time, 
min 

2/1 
Al5052/0-90 

Plytron/Al5052 
185 0.5 8 - 10 

2/1 
Al5052/Twintex/ 

Al5052 
185 0.5 8 - 10 

2/1 
Al5052/TPE/E-

Glass/TPE/Al5052 
210 0.75 10-12 

3/2 
Al5005/0-90 

Plytron/Al5005/0-90 
Plytron/Al5005 

185 0.5 8 - 10 

3/2 
Al5005/Twintex/ 
Al5005/Twintex/ 

Al5005 
185 0.5 8 - 10 

3/2 

Al5005/TPE/E-
Glass/TPE/Al5005/ 

TPE/E-Glass 
/TPE/Al5005 

210 0.75 10-12 

 
As shown in Table 4, TPE layered FMLs 

(FRTPE) were compressed on a higher pressure and 
held inside the mould for a longer time to allow the 
molten TPE to fully permeate in between the fibres. 
This will ensure that the fibres will effectively act as 
reinforcement within the TPE matrix. In total, six 
different types of FML panels were manufactured, 
and tested for tensile and impact properties. 

4. Test Methods 

Failure behaviour of FML composites was 
studied experimentally using tensile and low speed 
impact tests. 

4.1 Tensile Test Procedure 

Tensile testing was performed according to 
ASTM D3039 to determine the tensile strength and 
modulus (Young’s modulus) of the material. The 
test was conducted on an Instron 1185 universal 
testing instrument with a 50 mm gauge length and a 
5 mm/min crosshead speed. Five parallel strip 
specimens (200 × 20 mm) were cut from each 
manufactured laminates with the cutting path 
parallel to the rolling direction of the aluminium. 
The test was instrumented so that the testing would 
terminate when the maximum stress drops by 40%. 
The first ply failure (FPF) stress levels were 
recorded and the failure mechanisms were observed. 
The force and extension data were recorded for 
further analysis of tensile properties. 
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4.2 Impact Test Procedure 

Impact tests were conducted according to 
standard ISO 6603. The aim of the impact tests was 
to determine the amount of energy required to 
completely puncture the different types of FMLs. 
IM10T–20 impact tester from IMATEK was used 
for the tests. The equipment offers an ability to drop 
a weight from up to a height of 2 m at a velocity 
ranging from 1 to 6.26 m/s. The indenter used during 
the test had a hemispherical nose tip with a diameter 
of 20 mm and a weight of 1.133 kg. The total weight 
of the indenter assembly was 9.657 kg. Specimens 
measuring 100 × 100 mm were clamped into a 
circular frame with 40 mm inner and 60 mm outer 
diameter. Five samples for each type of FML were 
tested. The impact test was set so that the impactor 
assembly would drop from a certain height and 
generate impact energy of up to ~95J. The peak 
energy levels were measured. Reaction forces at the 
indenter and the specimen were recorded to draw its 
relationship with possible failure modes in the 
laminates.  

5. Modelling 

A finite element (FE) model was developed 
using ABAQUS to understand the impact response 
of the proposed FML system. The FE model 
consisted of two main parts, the FML specimen and 
the indenter. Fig. 3 shows the model setup and the 
plate and indenter geometries. 

The specimens were modelled using composite 
shell elements, and composite layup was 
implemented to replicate each layer of the laminate. 
An annular partition was created with 40 mm inner 
and 60 mm outer diameters to replicate the clamps 
which held the specimen rigidly. The indenter was 
modelled as a rigid body with a mass of 9.657 Kg. 
The translational motions of the indenter were 
constrained in all directions except along the axial 
direction, shown by the dotted line, Fig. 3a. It was 
constrained to have a constant acceleration of 9.81 
m/s2 under gravity without any angular acceleration 
or rotational motion. The region of the plate 
highlighted by the annular section, Fig. 3a, was kept 
fixed throughout.  

 

(a)  
 

(b)  

(c)  
Fig. 3. (a) Impact model setup, (b) Specimen with 

circular partition, and (c) Indenter with 
hemispherical nose tip. 
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In this study, a drop test was simulated to 

identify peak energy absorption. Tests were 
modelled at 25, 30, 35 and 40 J of impact energy to 
observe the failure of laminates and energy 
absorption. 

Composite layup was created as shown in Fig. 
4. The composite layup consisted of 16 layers with a 
symmetrical arrangement through centre ply. 8 
layers were of Aluminium and remaining 8 were 
FRP/FRE placed in 0o and 90o orientation in global 
coordinates. Each layer had a constant thickness of 
0.125 mm providing an overall thickness of 2 mm. 

 
Fig. 4. Composite layup arrangement. 

 

6. Results and Discussion 

6.1 Modelling Results 

The reaction forces experienced by the 
specimen and the indenter were determined from the 
simulations, and compared against the reaction force 
data from the impact tests. 

A typical comparison of the reaction force on 
Plytron laminates for both 2/1 and 3/2 layups is 
shown in Fig. 5 for various impact energies. From 
the experimental results, it is observed that the peak 
reaction force for the 2/1 layup composites is 
consistently greater than that of the 3/2 layup 
composites. The finite element modelling 
predictions match reasonably well with the test 
results, given that the primary purpose of FE 
modelling was to predict the reaction forces at the 
initial stage of impact. Damage and fracture under 
post-impact complex deformation modes will be 
addressed in the future work using suitable 
continuum damage models. 

 
 
 

 
Fig. 5. Peak force comparison for Plytron laminates 

6.2 Tensile Test Results 

Fig. 6 shows the fractured tensile samples of 
FMLs. Three different failure modes were observed: 
a) Localised grip failure was observed mainly in 3/2 
FRE based laminates, Fig. 6a. This was due to the 
difference in elastic moduli of the FRE and 
aluminium layers of the composites. The resulting 
high force at the grips from the pinching of the jaws 
and non-uniform load sharing between the 
aluminium and FRE layers caused the samples to 
fail under in-plane shear and/or delamination 
between the metal and elastomeric layers, leading to 
subsequent failure of the outer aluminium layer. 

  

 
 

(a) Grip failure - typical for most 3/2 layups 
especially for FRE based FMLs 
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(b) Fibre-reinforcement failure – typical for FRP 
based FMLs 

 

 
 

(c) Delamination – typical for 3/2 FMLs 
 

Fig. 6. Tensile failures of FML specimens 
 

Failures due to reinforcement tensile fracture 
(Fig. 6b) and delamination (Fig. 6c) were considered 
to be the expected modes of failures, as this meant 
that the FML behaved in a more integral manner so 
that the load was shared between the metal and the 
FRE/FRP layers. The elongation of the FRE/FRP 
layer was restrained by the aluminium alloy, 
creating shear stresses along the interfaces. 
Continued elongation caused simultaneous fracture 
of the FRE/FRP and aluminium alloy and/or 
delamination of the plies. FRE based FMLs with 2/1 
layups suffered tensile failures within the gauge 
length. The fibre reinforced layer was found intact 
whereas the aluminium alloy skin was extended 
beyond its maximum strain. So the key modes of 
failure were fracture and delamination both in the 
fibre reinforcement and aluminium skin.  

The ultimate tensile strength and Young’s 
modulus of the different laminates were calculated 

from the elongation and force data recorded and 
given in Table 5. 
 

Table 5: Ultimate tensile strength and Young’s 
modulus of various FML laminates  

Average Tensile Properties 

FML Type E, GPa UTS, MPa 

Twintex 1/2 37.08 206 

Twintex 2/3 27.74 177 

Plytron 1/2 51.31 163 

Plytron 2/3 32.09 111 

FRTPE 1/2 32.39 119 

FRTPE 2/3 13.75 44 

 

6.3 Impact Test Results 

The results of the drop test at different energy 
levels were used to assess the failure and energy 
absorption characteristics for various FML 
configurations. From the drop test, peak energy for 
each type of laminate was determined. According to 
the peak energy, different energy profiles were set 
for each FML laminate.  

Table 6 shows the energy profiles used for 
different types of FML laminates. The peak energy 
shown in Table 6 is the threshold (minimum) energy 
at which a specimen is penetrated by the indenter 
during impact. 
 
Table 6: Drop test results and energy profiles for the 

FML laminates 
Lami
nate 

config
uratio

n 

A B C D E F G H 
Sant
opre
ne 
3/2 

Tw
inte

x 
3/2 

Sant
opre
ne + 
Fibr

e 
Glas
s 3/2 

Sant
opre
ne 
2/1 

Tw
inte

x 
2/1 

Pl
ytr
on 
2/1 

Pl
ytr
on 
3/2 

Sant
opre
ne + 
Glas

s 
Fibr
e 2/1 

Peak 
Energ
y (J) 

22.6
7 

28.
38 

36.4
7 

30.0
6 

26.
92 

27.
35 

18.
14 

36.5
7 

Speci
men 1 

25 25 25 25 25 25 25 25 

Speci
men 2 

30 30 30 30 30 30 30 30 

Speci
men 3 

35 35 35 35 35 35 35 35 

Speci
men 4 

30 40 40 40 40 40 20 40 
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Speci
men 5 

90 90 90 90 90 90 90 90 

 
Fig. 7 shows the peak energy absorbed by the 

specimens at the peneration condition for various 
FML configuartions. The fibre reinforced 
thermoplastic elastomer (FRTPE) based FMLs, 
represented by configurations C and I, were able to 
absorb the maximum amount of energy before 
complete failure. These configurations were 
manufactured using the combination of Santoprene 
and plain weave glass fibre, with a 3/2 layup for 
configuration C and 2/1 layup for configuration I. 

Comparing the 3/2 layup FMLs (Fig. 7 - blue 
shade bars), configuration C performed significantly 
better than the rest with respect to impact energy 
absorption. Configuration B (Twintex 3/2 layup) had 
the second highest energy absorption with its peak 
energy being 22% lower that that of configuration C. 
Configurations A (Santoprene 3/2) and H (Plytron 
3/2) had 37% and 50% lower peak energies, 
respectively, compared to that of configuration C. 

In the 2/1 layup category (Fig. 7 – red shade 
bars), configuration I (Santoprene and glass fibre) 
performed significantly better as expected with the 
highest peak energy absorption. Configuration D 
was the second best with 17% less energy absorption 
than that of configuration I. Configurations F and E 
absorbed 25% and 26% lower energy, respectively, 
compared to that of configuration I. 

 

 
Fig. 7. Peak energy absorption of various FML 

configurations for the drop test. 
 

Variation of force on the specimen during 
impact was monitored so that it could be correlated 
with the failure pattern. Fig. 8 shows the failure 
initiation in the different FML laminates tested 
(Table 6). A smooth curve such as the red one for 
configuration C indicates that failure/damage of the 

specimen had not been initiated under the given (in 
this case 40 J) impact energy, and so the specimen 
absorbed all of the energy impacted. The curves with 
oscillations indicate that failure/damage had started 
for the corresponding specimens under the given 
impact energy. This shows that FRTPE based FMLs 
are effective in preventing penetration/puncture type 
failures, although they can deform considerably due 
to low stiffness. 

 

 
 

Fig. 8. Failure initiation for various FML 
configurations indicated by the force profile. 

 
The force profiles of the fibre reinforced 

thermoplastic elastomers (FRTPE) (i.e. Santoprene 
and Glass fibre) at different impact energies for both 
3/2 (C) and 2/1 (I) layups are shown in Fig. 9 and 
Fig. 10, respectively. For configuration C, the 
impact test data shows that the maximum force 
reached in the specimen before failure was 
approximately 8.9 kN at the highest energy level (95 
J at 1 m drop height), as indicated by the light blue 
curve with small-scale force fluctuations, Fig. 9. The 
smooth curves for the other energy levels indicate 
that the specimens were able to withstand all of the 
impact energies without failure. The maximum force 
(at 40 J energy level) for the corresponding 2/1 
layup FRTPE (Fig. 10) was somewhat lower, being 
approximately 8.1 kN. 
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Fig. 9. Force profile of FRTPE (Santoprene + Glass 
fibre) based FML with 3/2 layup (configuration C). 

 
Fig. 10. Force profile of FRTPE (Santoprene + Glass 

fibre) based FML with 2/1 layup (configuration I). 
 
 
 
 
 

 
  Plytron 3/2  Twintex 3/2  FRTPE 3/2 

 
 
 
 

Rear 
View 

 
 
 
 

Front 
View 

(a) 3/2 laminate layups for Plytron, Twintex and FRTPE FMLs (left to right) 
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  Plytron 2/1  Twintex 2/1  FRTPE 2/1 
 
 
 

Rear 
View 

 
 

Front 
View 

(b) 2/1 laminate layups for Plytron, Twintex and FRTPE FMLs (left to right) 
Fig. 11. Failure patterns of perforated FML laminates: Plytron, Twintex and FRTPE. 

 
The perforation threshold energies for various 

laminates are provided in Table 7. It was found that 
the FRTPE laminates have the highest perforation 
threshold energy. Impact velocity change was also 
measured to determine the kinetic energy loss of the 
indenter caused due to energy absorption by the 
composite material. It is to be noted that the 3/2 
FRTPE laminate completely stopped the indenter. 
This shows that the FRTPE laminates have high 
impact energy absorption ability compared to 
conventional thermoplastic laminates. 

Table 7: Perforation/puncture energy of the FML 
configurations according to ISO 6603 impact test. 

 
The perforated FML laminates after the impact 

testing are shown in Fig. 11. It was found that the 
FRTPE 3/2 laminates showed improved resistance to 
impact perforation. The key difference between the 
perforation mechanisms between the elastomeric and 
non-elastomeric laminates is that the elastomeric 

FRTPE laminates suffered severe in-plane stretching 
and out-of-plane localised deformation around the 
perforated hole. This contributed to the absorption of 
significant impact energy. In contrast, for the other 
thermoplastic based (Plytron and Twintex) FMLs, a 
relatively sharp, completely punctured hole (about 
20 mm diameter) was created, demonstrating that 
the material did not undergo sufficient local 
deformation, and hence was not as effective in 
absorbing part of the impact energy.  

 
Fig. 12. Fibre ruptures during impact and perforation 

in the FMLs 
Fibre-matrix rupture (Fig. 12) occurred 

implying that the fibre-reinforcement decelerated the 
indenter and the matrix largely absorbed its kinetic 
energy. Extensive delamination was observed as the 
fibres were pulled towards the centre of the impact 

FML Type Puncture Energy, J Velocity Change, %

Twintex 2/1 26.92 60

Twintex 3/2 28.38 57.21

Plytron 2/1 27.35 30.74

Plytron 3/2 18.14 27.26

FRTPE 2/1 36.57 62.36

FRTPE 3/2 36.47 109.34
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indention zone. Crack propagation at the rear end of 
the specimens was also noted. 

7. Summary 

A relatively novel thermoplastic elastomer 
based fibre metal laminate has been successfully 
manufactured in this study. The FMLs manufactured 
were mechanically tested to investigate its tensile 
and impact behaviour.  

The tensile test results showed that FRTPE 
laminates are weaker in strength and stiffness 
compared to conventional thermoplastic FMLs, 
primarily due to the presence of elastomer. 
However, they provide enhanced impact resistance 
in terms of energy and shock absorptions. As most 
of the panels were failing at the grips, a different 
testing method to investigate tensile properties of 
such panels is recommended.  

The impact testing showed that 3/2 laminates 
have the ability to absorb significant impact energy 
without puncturing. This may be of interest to 
current aircraft industry where hail storms and bird 
strikes are common in routine in-service operations.  
In conclusion, this study has provided with 
promising results in terms of energy absorption of 
FMLs when thermoplastic elastomer based layers 
are introduced. However, the perpetual delamination 
of the laminates needs further investigations to 
determine an optimal method to improve the 
plastic/metal interfacial bonding.  
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Abstract 

Nacre is a natural ceramic/organic composite made 
of constituents with poor mechanical properties yet 
is three orders of magnitude tougher than its main 
ingredient, aragonite. There have been many studies 
to identify the toughening mechanisms in nacre, and 
the organic interface is often cited as having the 
most significant effect on the overall toughness of 
nacre. In this study, we measure the inter-laminar 
toughness (ILT) of nacre from three different species 
using chevron notch technique. Using LEFM 
analysis, we also show that the measured intrinsic 
ILT accounts for only 3% of the overall interface 
toughness while the remaining originates from a 
synergy of extrinsic toughening mechanisms.  

1 Introduction 

Nacre possesses a lamellar structure resembling a 
brick-wall where 0.2-0.9 µm thick aragonite tablets 
are cemented together with thin 30 nm organic 
layers [1]. Mineral tablets in nacre are arranged in a 
staggered manner which provides the structure with 
a unique mechanism of deformation and outstanding 
combinations of stiffness, strength and toughness [1]. 
Recent puncture tests performed on red abalone 
shells revealed a large number of interfacial cracks 
propagating in the direction transverse from the 
penetration direction and extending along the 
interface of the tablets [2]. The interfaces in nacre 
therefore largely control its mechanical responses, 
whether it is deformed or cracked, along or across 
the layers. 

2 Sample preparation and experimental setup 

In this study, three types of mollusk shells were 
selected for fracture test: red abalone, pearl oyster 
and top shell. Using a precision diamond saw, 
9×5×3 mm plates from the nacreous layer of the 
shells were cut and a 60° chevron notch was 

introduced in the specimens. The specimens were 
tested using a miniature loading stage at a fixed 
displacement rate of 3 µm. Another set of half-
chevron specimens was also prepared by cutting 
chevron specimens across their width, by polishing 
their surface down to 0.05 µm for performing in-situ 
tests under an optical microscope.  

3 Chevron notch fracture test 

The load displacement curves of the specimens 
showed a linear response followed by a nonlinear 
region which was more pronounced in top shell. 
While crack propagation was relatively stable for top 
shell and pearl oyster, red abalone showed a 
catastrophic failure. Among the three shells, top 
shell showed the highest maximum load while red 
abalone failed at a load nearly one order of 
magnitude lower. The ILT  of the three nacres was 
calculated from the maximum load Fmax, and the 
elastic properties and geometry of the chevron notch 
specimen, using [3]: 

2 2
max max min
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w a a

 ∂
= = ∂ 
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Where C and w denote the compliance of the 
specimen at crack length a . In order to determine 
Imax , a 3D model of the chevron specimens was 
constructed in the commercial finite element 
software ABAQUS. The specimens were modeled as 
a transversely isotropic material (Ez=30GPa, 
Ep=70GPa, Gzp=10GPa, νp= νzp=0.2). The 
obtained ITL is reported in Figure 1, and for 
comparison the crosslaminar toughness (CLT) of 
these shells is also included. The CLT is believed to 
be higher than the ILT mainly because of many 
toughening mechanisms which are active when the 
crack travels across the layers. However for top shell 
the ILT is higher than the initial CLT. This 
interesting observation was further investigated 
using in-situ half-chevron test. 
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4 In-situ half-chevron test and SEM imaging 

Half-chevron tests were used to image inter-laminar 
crack extension in-situ. In red abalone, cracks 
followed growth lines which are weak organic 
layers. This explains why ILT in red abalone is 
significantly lower than those of pearl oyster and top 
shell, in which no growth line was observed. 
Interestingly, uncracked ligament bridging and crack 
deflection were observed for both pearl oyster and 
top shell. Additionally for top shell, a diffuse white 
“process zone” ahead of the crack tip was captured 
through in-situ differential interference contrast 
(DIC) imaging. This process zone dissipated energy 
and is likely to contribute to the superior toughness 
of top shell compared to the other two types of 
nacre. Using SEM imaging, we also explored the 
fracture surface of the top shell and pearl oyster 
specimens. SEM micrographs revealed a more 
pronounced crack deflection in top shell which 
likely gives rise to its larger energy dissipation and 
higher toughness (Figure 2).   

5 Organic interface toughness  

The ILT measured here includes all the toughening 
mechanism, and a direct measurement of the 
interface was not possible. We therefore used a 
LEFM analysis to estimate the intrinsic toughness of 
the organic interface. The size of the inelastic region 
ahead of the crack tip (width h) was expressed as 
function of the stress-intensity factor at the tip. This 
leads to the simple expression:  

SIC
hK σπ

79.0
2

=  (1) 

Using 60s MPaσ =  and 10h mµ=  µm (measured from 
the SEM images) leads to 0.43ICK MPa m=  which 
can be converted to an energy form using 

2 2(1 ) /IC ICJ v K E= −  for plane strain condition: 
2J = 5.5 J / mIC . This value which is only 3% of the 

interface overall toughness ( 2205 J / m ) includes the 
process zone toughness of the top shell and is an 
upper bound for intrinsic toughness of the interface.  

6 Conclusions  

In this work, we measured the ILT of three species 
of nacre using miniature chevron specimens. The 
results showed that top shell possesses superior ILT. 
Using in-situ fracture test and SEM imaging, we 
showed that the high ILT of top shell stems from 

remarkable extrinsic toughening mechanisms such 
as process zone, uncrack ligament bridging and 
crack deflection. LEFM analysis was also used to 
measure the intrinsic toughness of the organic 
interface. The results showed that this toughness 
only accounts for 3% of overall toughness of the 
interface. The fact that top shell owes its high ILT to 
extrinsic toughening sources highlights the 
significant role of the structural design in 
determining the mechanical performance of the 
material. This finding will serve helpful in 
developing novel biomimicry layered composites.  
 

 
Figure 1. Interlaminar fracture test results 

 
 

 
Figure 2. SEM micrographs from fracture surface of 

pearl oyster (left) and top shell (right) 
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1 Introduction  

Increasing emphasis on environmentally 
friendly products and production has led to a 
growing interest in structural applications of natural 
fibre composites (NFCs). A well-developed 
understanding of their failure behavior can lead to 
improved failure models, and eventual structural 
applications.  

Natural fibres are complex in structure [1], and 
display a large scatter in their mechanical properties. 
This complexity adds to the challenge of predicting 
the behavior of NFCs. To the authors’ best 
knowledge, most failure analysis of NFCs has 
mostly been limited to experimental investigations 
and semi-empirical formulations, with some 
numerical studies on the interface between fibres or 
between fibres and matrix [2, 3]. 

In addition to fibre behavior, the properties of 
the interphase region are of utmost importance in 
understanding the deformation behavior of NFCs or 
any composite for that matter. Hence, a significant 
portion of this paper will be dedicated to modeling 
the failure behaviour of the interphase region. The 
key aims of this paper are to understand the failure 
behavior of the fibre and interphase components of a 
flax composite, and to use this understanding to 
analyse the failure of matrix-impregnated flax yarns. 

In our research, we aim to test and model the 
properties of NFCs starting from the micro-scale. 
The micro-scale models in turn will feed into a more 
complex model which will be able to predict the 
properties of the composite at larger scales. 
Following this methodology, in this paper, we will 
test and model the properties of the fibre and  
interphase components, and then use these to obtain 
the properties of matrix-impregnated yarns.  

 

 

2 Background 

2.1. Fibre composition 

Most of the early research into the structure 
and chemical compositions of natural fibres has in 
fact been carried out for wood fibres. From among 
the various proposed models for elastic fibre 
behavior [1, 4-7], one can draw out a generalized 
model as illustrated in Fig. 1. In this model, each 
fibre is composed of multiple layers referred to as 
middle lamellae (ML), P, S1, S2 and S3, with a 
hollow lumen in the centre. The ML and P layers are 
often combined and referred to as combined middle 
lamellae (CML) [5]. 

Each layer is itself analogous to a 
unidirectional (UD) composite, with oriented 
cellulose microfibrils (CMF) embedded in a matrix 
of lignin and hemicellulose, and winding around the 
fibre axis in a helical manner. Fibres can then be 
considered as laminated composite cylinders, and 
composite laminate theory (CLT) can thus be 
applied to analyse their mechanical behavior.  

The S2 layer occupies 60-70% of the fibre 
volume [7, 8], and usually has CMFs with the 
steepest microfibril helix angle (MFA), due to which 
it has the most significant contribution to the 
longitudinal modulus. It is common to model the 
fibre modulus by applying a composite lamina 
treatment to the S2 layer alone, and to calculate the 
variation in modulus with MFA of the CMFs in the 
S2 layer, but we have considered the other layers 
also in our analyses.  

2.2. Interphase behaviour 

In most composites, a separate interphase layer 
exists between the fibre and matrix phases, either 
due to the fibres acting as crystal nucleation 
surfaces, or due to absorption of curing agents from 
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the matrix by the sizing agents present around the 
fibres.  

Several techniques have been proposed to 
obtain the strength of the interphase region of 
composites, among which the microbond technique 
[9]  is one of the more commonly used techniques 
due to two reasons – i) ease of preparation of the 
specimen, and ii) very small or no meniscus region 
as compared to disk-shaped specimens. The 
microbond test configuration is shown in Fig. 2, 
where a fibre is pulled upwards while a droplet 
surrounding it is restrained from moving up using a 
set of parallel blades or an annular ring. The angle ϕ 
made by the parallel blades with the axis of the fibre 
is called the blade/vice angle. 

Over the years, several formulations have been 
proposed to model the interphase properties. These 
are of great use in grading/ranking of different 
composites, but since we are more interested in what 
could be a reasonable approximation of an absolute 
value, we will use a finite element (FE) model to 
obtain this value. 

FE models usually consider the properties of 
the interphase  layer as varying from the fibre 
surface to the matrix in a gradual manner, and 
different forms [10-12] have been used to represent 
this gradation. In this paper, we will consider 
exponential variation, linear variation and reciprocal 
variation, which in that same order can be expressed 
as: 

kx
erface eAAxE −+= 21int)(  (1)

21int)( rAAxE erface +=  (2)

2

1
int)(

Ar
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xE erface −

=  (3)

 
where E represents the Young’s modulus, A1, A2 and 
k are constants, and r is the radial distance outward 
from the fibre surface, through the droplet. Density 
and Poisson’s ratio can also be calculated using 
similar expressions. If we consider the interphase 
layer as beginning from the fibre surface, and 
extending till the matrix surface over a certain 
interphase thickness t , then the constants can be 
obtained by considering the fibre and matrix 
properties as boundary values. 

 

3 Materials, characterization and methods 

Unidirectional flax fabric of areal density 180 
gsm and yarn linear density 41.7 tex was obtained 
from Libeco, Belgium, and Prime 20 epoxy resin 
was used as the matrix for the impregnated yarns. 
The properties of the Prime 20 resin, as supplied by 
the manufacturer, are listed in Table 1. 

Optical microscopy was used to characterize 
fibre and yarn diameters, and to measure yarn helix 
angles. Material densities were measured using the 
Archimedes method with canola oil as the 
immersion medium. 

3.1. Fibre properties 

3.1.1 Single fibre tensile tests 

A sample of fibres was separated from fabric 
yarns, and mounted on paper frames with square 
cutouts in the middle. For each specimen, a single 
fibre was positioned at the centre of these paper 
frames, and bonded to the paper using two droplets 
of epoxy. These droplets were placed right at the top 
and bottom edges, respectively, of the square cut-
out, such that the tested gauge length was 25 mm. 
Fibre diameters were measured at six places along 
the tested length of the fibre using an optical 
microscope, and the average value was used to 
calculate properties. The single fibre tensile tests 
(SFTTs) were performed at a rate of 1 mm/min 
using an Instron 5567 UTM. Specimens were not 
pre-loaded before the commencement of data 
recording. 

3.1.2 Weibull distribution fitting 

Two-parameter Weibull distributions were 
used to approximate the distribution of the Young’s 
modulus and strength values. In order to determine 
whether the Young’s modulus and strength values 
for the tested fibres could be fit to Weibull 
distributions, the values from each set of properties 
(either modulus or strength) were first plotted on a 
Weibull plot (Fig. 3). This is a type of Q-Q plot of 
the cumulative distribution )(ˆ xF , with 

)))(ˆ1ln(ln( xF−−  plotted against )ln(x , where x  is the 
data set for which the distribution is required. For 
the data to follow a Weibull distribution, the points 
on the Weibull plot should lie approximately along a 
straight line. In such a case, the parameters for the 
distribution (scale and shape parameters α and β) can 
be obtained from the slope and intercept of the 
straight line fits. 
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3.1.3 Fibre modulus analytical model 

The longitudinal and transverse moduli of flax 
fibres were modelled by considering them as 
analogous to laminated composites. As illustrated in 
Fig. 1, each fibre was assumed to be composed of 
four layers - CML, S1, S2 and S3. Since the S2 layer 
constitutes a majority of the fibre volume, and since 
it has the steepest MFA, some models ignore the 
contribution of the other layers in the analysis of 
fibre longitudinal modulus. In this study, we 
modelled the longitudinal and transverse modulii of 
the fibre, with a) only the S2 layer, and b) an 
assembly of the four layers. For case b, two different 
sets of relative thicknesses for the layers were 
considered – one put forward by Astley [13] and 
referred to as ASM1,  and another proposed by 
Gassan [14] and referred to as ASM2. The relative 
thicknesses are as given in Table 2. 

The lamina was assumed to be composed of 
CMF in a matrix of lignin and hemicellulose, and 
the properties for the components were combined 
from a range of sources [1, 5, 7, 15].  

Rule of mixtures was used to calculate the 
longitudinal properties of the lamina corresponding 
to the different layers, and modified Halpin-Tsai 
equations were used to calculate the transverse 
properties. The constitutions of the different layers 
as reported by Harrington et al. [5] were used for the 
calculations. Two different volume fractions of CMF 
in the S2 layer were considered: 0.65 and 0.7, while 
the volume fractions of the CML, S1 and S3 layers 
were held constant. The engineering stiffness matrix 
for the lamina was calculated using the CLT 
equation:  
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where S is the compliance matrix (inverse of 

stiffness matrix), Exx, Eyy and Gxy are the 
longitudinal, transverse and shear moduli, and υxy 
and υxy are the in-plane Poisson ratios. 

The rotated stiffness matrices for the UD 
lamina over a possible range of helix angles between 
2˚-30˚ [6, 16] were calculated using the CLT, and 

the longitudinal modulus corresponding to loading 
the lamina at an angle was calculated for each angle 
from the corresponding compliance matrices. 

3.2. Interphase properties 

3.2.1 Microbond tests 

The microbond technique was used to 
characterize the flax/epoxy system under 
consideration, using parallel blades to restrict the 
droplet. Specimen preparation consisted of applying 
a single droplet of epoxy resin onto a single flax 
fibre.  

3.2.2 Micromechanical analysis 

In order to determine a nominal fibre-matrix 
interfacial shear stress (IFSS) value, τ, Miller [9] 
proposed an assumption of uniform shear stress over 
the entire length of the interface as 

Dl

P
πτ =  (5)

 
where P is the fibre pullout load, D is the diameter 
of the fibre, and l is the length of the fibre embedded 
in the matrix (Fig. 2). The same formula can be used 
to calculate frictional shear stress once the droplet is 
completely debonded, replacing P with the load due 
to friction.  

This analysis is, of course a simplification of 
the loading case, and assumes that the entire load 
applied acts over the surface of a cylinder 
surrounding the fibre. The values obtained fom this 
analysis will be compared to numerical simulations 
of the microbond test.  

3.2.3 Microbond test simulation 

Numerical models were set up to simulate the 
microdroplet test used to determine fibre-matrix 
interfacial shear strength (IFSS). As noted by Ash et 
al. [17], the shape of a droplet can vary considerably 
from that of circular arc or ellipse approximations, 
and they suggest using Carroll’s fitting method [18] 
which has been specifically developed for drop-on-
fibre systems. Hence, the profile of the droplet for 
which simulation was performed was fitted to arc, 
ellipse and Carroll’s shapes, and the best fit was 
selected to generate the geometry for meshing. 

 It is somewhat common to use an 
axisymmetric model to simplify the cost of 
analyzing the microbond test [11, 17, 19], however, 
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as pointed out by Ash et al. [17], this can only 
directly relate to an experiment where an annular 
ring is used to restrain the droplet, instead of parallel 
vice grips. In this model, a quarter of the specimen 
was used with symmetry conditions, and one of the 
parallel vice grips was represented by a solid block 
made of steel. Surface-to-surface contact interaction 
was enabled between the outer surface of the droplet 
and the block. The ABAQUS explicit solver was 
used for the solution with mass scaling enabled to 
reduce the computational cost. Adaptive meshing 
with frequent remeshing was employed to deal with 
the large distortion anticipated. 

Specific material models were used to control 
the mechanical behavior of the matrix and 
interphase, via the user material (VUMAT) interface 
available in ABAQUS. Failed elements were deleted 
from the FE model by setting a variable to control 
element deletion. The value of this variable was 
modified within the VUMAT subroutines. 

3.3 Impregnated yarn failure  

3.3.1 Testing 

Warp yarns were extracted from the 
unidirectional fabric, dried in a vacuum oven for 
more than 12 hours, individually impregnated with 
epoxy resin, and cured at 70˚C. The diameter of the 
impregnated yarns was also calculated from the 
average of six readings along the tested length. 

Drum grips were used to fix these yarns within 
the frame of the Instron 5567 UTM, and they were 
tested to failure in the longitudinal direction at a rate 
of 5 mm/min. Again the specimens were not pre-
loaded before the start of data recording.  

3.3.2 Simulation 

The impregnated yarn model was constructed 
with fibres winding helically around the yarn axis. A 
thin layer corresponding to the interface was added 
around each fibre, and all the fibres and interface 
layers were then embedded in a matrix cylinder.  

Strengths and stiffness values were assigned to 
the fibres by using a random number generator in 
conjunction with the Weibull distribution parameters 
obtained for modulus and strength (Fig. 4). The 
elements at the fibre-matrix interface (Fig. 5, dark 
region around fibres) were assigned the same 
stiffness and strength properties as the interface 
elements used in the microdroplet simulation. 

In the experiments, as there was no preload, a 
knee can be observed. Replication of this behavior in 
the simulation is somewhat complicated since the 
geometry needs to be generated taking into account 
the slack due to gravity. It has been assumed that the 
slack does not affect the loaded elastic stiffness and 
strength properties. 

 

4 Results and discussion 

As per the strategy outlined earlier, a 
hierarchical approach was applied - obtaining 
material properties at the micro-scale, linking them 
to models, and then feeding these micro-scale 
properties into a larger scale model. Fibre properties 
have been determined first, fit to Weibull 
distributions, and compared to predictions using 
CLT theory. The fibre properties have then been 
used in simulations of the microbond test performed 
to determine properties of the interphase. The 
properties of the fibre and the interphase were then 
used to model the failure of matrix-impregnated flax 
yarns. 

4.1 Fibre properties 

4.1.1 SFTT data and Weibull fits 

When the set of modulus values and strength 
values were plotted on separate Weibull plots, most 
of the points lay along a straight line for both the 
modulus and strength values except for a few 
outliers (as shown in Fig. 3). This means that these 
sets of values can be reasonably fit to Weibull 
distributions. The parameters for the distribution 
(scale and shape parameters) were obtained from the 
slope and intercept of the straight line fits in Figs. 3a 
and 3b. 

The histograms for the fibre modulus and 
strength values were plotted in Fig. 4, and the values 
predicted by the Weibull distributions were overlaid 
on the histograms. 

4.1.2 Fibre modulus analytical model  

The longitudinal moduli predicted by the different 
laminate layup models are shown in Fig. 8a. The 
values for the UD lamina used to calculate the 
oblique modulii are given in Table 3. 
The histogram of the fibre modulus values shows 
that the majority of the fibres  (over 93%) possess a 
longitudinal modulus in the 10-50 GPa range. For 
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the upper limit of 50 GPa in this range, the 
corresponding S2 layer MFAs vary between 2˚-9˚ for 
the various models, while for the lower limit of 10 
GPa, the S2 MFAs lie between  20˚-30˚. This range 
of MFA value between 2˚-30˚ is in good agreement 
with experimentally reported values [6, 7, 16]. This 
shows that a low MFA leads to high longitudinal 
modulus of the fibres. 

The same models used to calculate the 
longitudinal modulus values were also used for 
transverse modulus calculations. The predicted 
variation in transverse modulus with MFA is quite 
different from that of the longitudinal modulus – the 
values remain relatively constant in the MFA range 
0˚-6˚, and then rapidly decreases with increasing 
MFA. 

4.2 Interface properties 

4.2.1 Microbond tests and micromechanical 
analysis 

Tests were performed on flax/epoxy microbond 
specimens, and the results are shown in Fig. 7. The 
typical behaviour of debonding followed by a drop 
in load and frictional loading after failure of the 
interface can be observed. Nominal interfacial shear 
stresses and frictional shear stresses were calculated 
using Equation 5.  

4.2.2 Microbond test simulation  

The geometry of specimen 3 (Fig. 8) has been 
studied, and fit using arc and ellipse, and Carroll’s 
equations were used to approximate the droplet 
profile. There is almost no perceptible meniscus 
region, due to which there is almost no difference 
between the fits made using the arc and Carroll’s 
equations. Using an ellipse to approximate the 
profile would lead to a large error. A circular arc has 
been used, in this case, to generate a quarter model 
of the droplet.  

The fibre was modeled as transversely 
isotropic, with a longitudinal modulus of 45 GPa. 
The corresponding transverse and shear modulus 
values were calculated using the ASM2 model with 
a CMF Vf of 0.6. A 3 μm thick layer was used to 
represent the interphase. The properties of this 
region were calculated using the exponential, linear 
and reciprocal laws, and the values at 1.5 μm from 
the fibre surface were used throughout the entire 
thickness of the layer. Three different vice positions 

were used, corresponding to vice angles (Fig. 2) of 
6.36˚, 18.97˚ and 36.43˚.  

It was observed that although the stresses and 
strains in the interphase were highest at the 
beginning of loading, the stress distribution is 
altered after local yielding at the contact region 
between the vice and the matrix. With further 
loading, the interphase starts to get debonded from 
the bottom, and after the drop following peak load, 
there is still a portion of the interphase at the top of 
the droplet, binding the droplet to the fibre. At the 
end of a microbond test, it is commonly observed 
that a portion of the droplet remains on the fibre 
after passing in between the blades (Fig. 9a). In the 
simulations, after the peak load, a crack was initiated 
in the droplet in the region between the droplet-vice 
contact area and the fibre (Fig. 9b). The intact 
portion of the interphase was present above this 
crack. The simulation thus indicates that the crack 
could potentially grow and divide the droplet into 
two, with a small portion close to the top and the 
majority below the crack, as observed in the 
experiments.  

Among the simulations using different 
interphase properties and vice angles, the closest 
agreement with experimental load-extension 
behaviour was obtained with the 6.36˚ vice angle 
and the interphase properties calculated using the 
reciprocal law (Fig. 10c). For the different vice 
angles used, it was noticed that when the blades 
were far from the fibre, higher stresses were 
generated at the interphase for the same fibre load, 
as compared to the stresses generated when the 
blades were nearer. When the properties calculated 
with the reciprocal law were assigned to the 
interface, with the vice angle being 6.36˚, the 
predicted peak load of 0.125 N was within 20% of 
the experimental peak load of 0.156 N for specimen 
3.  

4.3 Impregnated yarn failure 

4.3.1 Tested strength and stiffness 

A knee area at the beginning of the loading 
history for all yarns can be noticed due to the 
absence of any preload before beginning the test. 

In the stress-strain plot for the impregnated 
flax/epoxy yarns (Fig. 11), it is to be noted that 
although the yarns by themselves demonstrate a 
large scatter in properties, the scatter is greatly 
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reduced when impregnated with epoxy. The average 
modulus is 1.78 GPa (±0.17), and the average 
ultimate strength is 109.8 MPa (±3.5).  
The low scatter is due to the role of the matrix in 
acting as a cohesive layer holding the fibres 
together, and enabling redistribution of stresses upon 
failure of some fibres. In this aspect, these 
impregnated yarns can be considered to be 
composites in themselves.  

4.3.2 Yarn failure simulation 

In the interphase layers surrounding the fibres 
in the impregnated yarns, it can be observed that 
damage develops and propagates both in the radial 
and axial directions (Fig. 12). As for the fibres 
themselves, the weakest fibres failed first, followed 
by a redistribution of load, with the strongest fibres 
carrying the load. 

Reasonably good agreement with experimental 
stiffness and strength was observed (Fig. 13). The 
numerically obtained stiffness was within three 
standard deviations of the experimentally obtained 
average of 1.78 GPa. The strength predictions were 
within 10% of the experimentally obtained average 
value of 109.8 MPa.  
 

5. Conclusions 

A hierarchical framework to obtain composite 
macro-scale properties from properties on the micro-
scale is proposed. In this paper, the framework is  
used to estimate the  properties of impregnated yarns 
from the properties of single fibres and the 
interphase region.  

Single flax fibres are considered as analogous 
to cylindrical composite tubes, and their longitudinal 
and transverse moduli estimated by using the CLT 
theory and varying the microfibril helix angles. 
Using a range of MFA values determined 
experimentally, the longitudinal modulii predicted 
by the CLT models lie within the rnage of properties 
displayed by 93% of tested fibres.  

Numerical simulation of a microbond test 
performed to investigate failure of the interphase 
region between the fibre and matrix showed good 
agreement with the experimental failure behavior, 
both in a quantitative and qualitative manner. It was 
discovered that after the drop following peak load, a 
portion of the interphase remains intact at the top of 
the droplet. This is possibly responsible for the small 

part of the droplet remaining bonded to the fibre, as 
commonly observed in micrographs of specimens 
after complete debonding. The value predicted by 
the simulation is within 20% of the experimental 
result.  

Single fibre and interphase properties are used 
in an FE model of of impregnated yarn failure. Fibre 
properties as represented by the Weibull 
distributions (Fig. 4), and interphase properties used 
in the microbond simulations are used. Strengths 
predicted by the FE model are within 10% of 
experimental results.  

We have numerically modelled the elastic and 
damaged mechanical behaviour of the fibre and 
interphase regions in matrix-impregnated yarns. Our 
methodology can be used to analyze the properties 
of full natural fibre composites, and to estimate their 
design strengths. 
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Fig. 1. Structure of natural fibres 
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Fig. 2. Test configuration for a microbond test - l is 

embedded length of the fibre, h is height of the droplet, 
and ϕ is the vice angle 

 
 

(a) 

(b) 
Fig. 3. Weibull plots of a) fibre strength values, and b) 

fibre modulus values 
 

(a) 
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(b) 
Fig. 4. Histogram of SFTT data and overlaid Weibull fits 

 
 

 

 
Fig. 5. FE mesh of the yarn with matrix, fibres and 

interface (dark regions around fibres) 
 

(a) 

(b) 
Fig. 6. Modulus of S2 layer predicted by the analytical 

model 
 

 

Specimen Nominal  
IFSS  
[MPa] 

Frictional shear  
stress 
[MPa] 
 

1 7.45 4.65 
2 4.85 3.68 
3 5.53 2.5 
4 5.75 4.5 

Fig. 7. Results from microbond tests: i) load-extension 
behavior (chart above), and ii) nominal and frictional 

stresses calculated by analytical models 
 

Fig. 8. Profile of microbond specimen 3, and fits made to 
its profile using Carroll's equations, arc shape and ellipse 

shapes 
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(a) 

(b) 
Fig. 9. a) Matrix remaining on the fibre at the end of a 

microbond test [19], and b) indication of similar 
behaviour from our simulations 

 

(a) 

(b) 

(c) 
Fig. 10. Results from microbond simulations for three 

different vice angles, with interphase properties calculated 
using a) exponential law, b) linear law, and c) reciprocal 

law 
 

Fig. 11. Stress-strain data from tests of impregnated 
flax/epoxy yarns 
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(a) 

(b) 
Fig. 12. Progression of damage due to shear in the 

interface region of the fibres. The areas in black are the 
most severely damaged 

 
 
 

 

Fig. 13. Comparison of the stress-strain behavior of 
impregnated yarns predicted from the numerical model 

with that obtained from the experiments 
 
 

Table 1. Properties of Prime20 resin, as supplied by 
manufacturer 

Tensile modulus 
[GPa] 

Tensile 
strength 
[MPa] 

Cured 
density 
[g/cm3] 

3.5 37 1.144 
 

Table 2. Relative thicknesses or volume fractions (Vf) of 
the four layers in flax fibres, as proposed by i) Astley, and 

ii) Gassan 
Model CML S1 S2 S3 

Astley 
(ASM1) 

0.19 0.13 0.6 0.09 

Gassan 
(ASM2) 

0.08 0.08 0.76 0.08 

 
Table 3. Properties of S2 layer for different volume 

fractions 
Property Vf=0.55 Vf=0.6 Vf=0.65 Vf=0.7 
E11 [GPa] 75.30 81.90 88.50 95.10 
E22 [GPa] 16.14 17.40 18.66 19.92 
G12 [GPa] 2.89 3.08 3.27 3.46 
υ12 0.15 0.15 0.14 0.13 
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1 Introduction  

Individual carbon nanotubes (CNTs) have 

remarkable properties including high strength, 

flexibility, and thermal and electrical conductivities. 

Based on these properties, CNT-enabled materials 

including CNT-filled composites and assemblies of 

CNTs (e.g., sheets, arrays and fibers) are of interest 

for a wide range of applications. The potential to use 

CNTs for power cables has generated considerable 

excitement. Nobel laureate Richard Smalley’s vision 

for CNTs included an armchair quantum wire, 

composed of a particular chirality of metallic single-

walled CNTs (SWCNTs), that would revolutionize 

the electrical grid [1,2]. Important steps have 

recently been made towards this goal with advances 

in CNT fibers [3] and coaxial cables [4,5], and 

isolation and amplification of specific SWCNT 

chiralities [6,7]; however, such a cable remains a 

long-term vision.  

 

Metal matrix composites (MMCs) incorporating 

CNTs, specifically CNT-aluminum (CNT-Al), may 

also offer an intermediate term solution to improve 

on present power cable technology. Standard high 

voltage transmission lines employ ACSR (aluminum 

conductor steel reinforced) cables, in which the steel 

provides strength but adds significant weight (often 

> 30% [8]) and does not contribute to conduction. 

CNT-aluminum composites have been prepared by a 

variety of conventional methods, including powder 

metallurgy and melting as well as more exotic 

techniques [9]. In various cases, addition of CNTs to 

aluminum (Al) has been shown to improve strength 

[9]. However, aluminum carbide (Al4C3) is often 

formed at the interfaces and few studies have looked 

at the electrical resistivity of CNT-Al composites, 

which would be expected to increase in cases of 

Al4C3 formation. 

 

Our goal is to develop CNT-reinforced aluminum 

composites with electrical and mechanical properties 

that will enable substantially greater transmission 

capability than traditional ACSR. We have achieved 

successful production of aluminum and SWCNT-Al 

MMCs, containing up to 5 wt% raw SWCNTs, from 

powder. Where formation of Al4C3 was successfully 

inhibited, the conductivity of the composites was 

comparable to pure aluminum. By using a silver 

coating to protect the SWCNTs, the amount of Al4C3 

formed was undetectable by X-ray diffraction. In a 

preliminary test, the ultimate tensile strength of this 

sample also was significantly improved.  

 

2 Application Assessment 

On the hypothesis that at well-integrated CNT-Al 

composite will provide equal conductivity and 

improved strength in comparison to the Al strands in 

existing cables, a basic assessment of the strength 

improvement required to eliminate the steel core has 

been performed. From Table 1, which compares the 

specifications of existing cables (“Drake” & “Lilac”) 

to hypothetical CNT-reinforced cables (AC[CNT]R) 

with assumed 50%-100% higher Al strand strength, 

it can be seen that strength improvements over 50% 

offer potential to eliminate the steel and provide 

equal or better strength/weight and lower resistance 

(RAC). This is considered to be a realistic target, 

based on the CNT-Al literature [9], and is likely a 
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Table 1. Specifications of example cables for all aluminum conductor (AAC) and ACSR cables from 

Southwire.com [8], and projected specifications of CNT-reinforced cables based on assuming an improvement 

of the Al strand strength by 50% to 100% (1.5x to 2x) with maintained density and electrical properties relative 

the the AAC example. Cables of with: (a) the steel strands removed, (b) the steel strands replaced with 

additional CNT-Al strands, and (c) the same weight as the ACSR example, are considered.  

Type/Name Strand diameter (in) Weight / 1000 ft (lbs) Strength RAC / 1000 ft 

 Al Steel Al Steel Total (lbs) (Ohms) 

AAC/“Lilac” 61 x 0.1142 0 745 0 745 14,300 0.0217 

ACSR/“Drake” 26 x 0.1749 7 x 0.1360 749 344 1093 31,500 0.0214 
       

 

Assumed 1.5x existing Al strand strength: 

(a) AC[CNT]R 26 x 0.1749 0 745 0 745 21,400 0.0217 

(b) AC[CNT]R 33 x 0.1749 0 945 0 945 27,200 0.0171 

(c) AC[CNT]R 61 x 0.1383 0 1093 0 1093 31,500 0.0148 
 
 

 

Assumed 2x existing Al strand strength: 

(a) AC[CNT]R 26 x 0.1749 0 745 0 745 28,600 0.0217 

(b) AC[CNT]R 33 x 0.1749 0 945 0 945 36,300 0.0171 

(c) AC[CNT]R 61 x 0.1383 0 1093 0 1093 41,900 0.0148 

 

conservative estimate of the improvement as it does 

not consider the potential to improve electrical 

properties, in particular due to the high amapacy of 

CNTs. The example uses a “Drake” ACSR cable as 

it one of the most commonly used transmission line 

conductors, and an AAC cable with a similar amount 

of Al. However, the general conclusions apply to 

other cables with a similar percentage of steel.  

 

The materials cost for CNT-Al also has been 

considered. Using the current price of SWCNTs 

from Raymor Nanotechnologies ($10/g) [10], the 

materials cost for a cable containing 1 wt% 

SWCNTs would be ~50x that of the ACSR cable 

based on current Al prices. While the present cost is 

high, a CNT cost of $0.1/g, which is representative 

of present costs for industrial-scale multi-walled 

CNTs and a feasible cost for larger industrialization 

of SWCNTs in the future, gives a materials cost only 

~1.5x that of ACSR. Such a premium is likely 

acceptable considering that a lighter weight cable 

(per unit of power transmitted) will significantly 

reduce infrastructure costs. 

 

3 Preparation and Characterization Methods 

3.1 CNT Integration 

Metal matrix composites were produced using  

 

SWCNTs grown by a laser vaporization method at 

the National Research Council [11], and commercial 

aluminum powder. The SWCNTs were integrated 

into the aluminum powder by solvent processing, 

involving sonication to de-bundle SWCNTs in 

solvent and homogenize the SWCNTs within the 

aluminum powder, followed by recovery of a 

SWCNT-Al powder. Variations of two powder 

metallurgy processes: hot isostatic pressing (HIP) 

and sintering, which involved somewhat different 

CNT integration steps, were employed to 

consolidate the powers into solid composites. 

 

3.2 Consolidation by Hot Isostatic Pressing 

The first strategy involved consolidation of the 

CNT-Al composite by HIP and is shown 

schematically in Figure 1. Two approaches, using 

unmodified SWCNTs and silver-coated SWCNTs 

(Ag@SWCNTs) were used. The silver-coating 

method consisted of a hydroxyl functionalization 

followed by reaction with Ag nanoparticles. This 

metal coating strategy was employed as Ag has been 

observed to inhibit carbide formation in CNT-

titanium composites [12], and therefore offers an 

additional route to prevent undesirable Al4C3 

formation, and functionalization also promotes 

dispersion of the SWCNTs.  
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Fig 1. Schematic of the SWCNT-Al composite preparation for HIP-consolidated samples. Two integration 

approaches, with and without a silver nanoparticle coating to protect against Al4C3 formation, are shown along 

with cross-sections cut from the consolidated composites.  

 

 

For HIP-consolidation, pure aluminum powder or a 

SWCNT-Al powder was first packed into a ¾” Al-

6063 tube. The atmospheric gasses were then 

evacuated from the vessel and it was sealed under 

vacuum leaving only the desired material 

constituents. The vessel was then subjected to high 

pressure and temperature (up to 30,000 psi and 600 

°C in cases) within the HIP chamber to compress the 

powder and forge it into a solid. An advantage of 

this method of forging is that the metallic powder is 

forged into a solid at an elevated temperature while 

remaining below the melting temperature, allowing 

for temperature to be optimized to address factors 

such as Al4C3 formation, CNT damage and 

dispersion. Following HIP-consolidation, the ends of 

the sample were cut off and it was swaged through a 

series of dies. By including heat treatments between 

swaging steps it was possible to swage down to a 

diameter of 0.188 inches without observable 

cracking. An example showing the as-consolidated 

material before and after swaging is shown in Figure 

2. Note that the interface between the inner 

aluminum or CNT-Al composite and the outer Al-

6063 shell remains continuous after swaging. This 

illustrates another advantage of the HIP method: that 

a material consisting of a CNT-Al composite 

surrounded by an Al or Al alloy shell can be 

prepared in a single step. 
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Fig 2. HIP-consolidated SWCNT-Al composites before and after swaging. Note the contrast between the darker 

SWCNT-Al composite in the center of the cross-section and the lighter colored Al-6063 shell. Importantly, the 

interface between the MMC and the outer Al-6063 shell remains continuous after swaging.  

 

Fig 3. Schematic of SWCNT-Al composite preparation for sintered samples along with a picture of a sintered 

disk and SEM images of fracture surfaces of SWCNT-Al composites.   

 

 \ 
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3.3 Consolidation by Sintering 

The second strategy involved consolidation of the 

CNT-Al composite by sintering and is shown 

schematically in Figure 3. A limitation of the 

previous HIP method is it is a batch process. The 

sintering method employed here involves proprietary 

processes  of CanmetMATERIALs and is scalable to  

large volume, an important consideration given the 

application target. In this approach, the SWCNTs 

were first dispersed into Proflow 3000 to prepare a 5 

wt% SWCNT composite. This composite was one 

ingredient in a proprietary mixing process that also 

included pure aluminum powder and paraffin wax, a 

standard binder for sintering processes. The green 

mixture was shaped into a disk approximately 19 

mm in diameter and 4 mm in thickness and sintered 

to form a metal matrix composite. Both Proflow 

3000 and paraffin wax are burnt off in the process. 

By controlling the sintering conditions, consolidated 

samples of both pure aluminum and SWCNT-Al 

composites with densities greater than 99% of that 

of the theoretical density of aluminum were 

obtained. 

 

3.4 Characterization 

Compositional analysis employed X-ray diffraction 

(XRD) measurements (Bruker AXS D8 Advance 

X-ray diffractometer) on solid SWCNT-Al 

composites and baseline aluminum samples, after 

powder consolidation, with profile matching to 

check for the presence of Al4C3. The samples were 

machined to obtain the required thickness and a flat 

surface. For polycrystalline samples without a 

preferred orientation, XRD spectra show the 

expected peaks from all crystal orientations such as 

is observed for a powder sample. The experimental 

spectra were fitted using FullProf Suite and 

compared to calculated spectra for aluminum and 

Al4C3.  

 

Electrical resistivity of the HIP-consolidated 

samples was determined from measurements on 5 

mm diameter swaged rods using a Keithley 2602 

source-measure unit. Due to their low resistance, a 

4-probe configuration and current-reversal were 

employed to eliminate lead/contact resistance and 

voltage offset errors. In addition, a range of voltage 

lead separations (from 3 to 30 cm) were tested and 

checked for consistency. Uniaxial tensile tests also 

were performed on selected samples to evaluate 

strength. The tests were performed on swaged rods 

of constant cross-section (~5 mm diameter) and the 

metal matrix composite was compared to a baseline 

aluminum sample of the same geometry. The tensile 

tests were performed at 200 °C, which is a typical 

operating specification for a high voltage 

transmission cable. For sintered samples, the 

electrical resistivity also was measured by a 4-probe 

method, in that case using an ULVAC ZEM3 

measuring system. 

 

4 Results & Discussion 

4.1 Compositional Analysis 

XRD spectra of the baseline and CNT-Al MMCs are 

shown in Figure 4. The spectrum from an aluminum 

sample, which was produced using the HIP process 

from the same Al-1000 powder used for composite 

preparation, shows the peaks characteristic of 

aluminum and was used as a baseline for 

comparison to the composites. Spectra for the initial 

SWCNT-Al composites (SWCNT-Al-v1) produced 

by HIP showed extensive formation of Al4C3. This is 

indicated by the presence of many additional peaks, 

which are not observed in the spectrum for the 

baseline aluminum sample, with the expected 

positions and relative intensities for aluminum 

carbide. The spectra are shown on a logarithmic 

scale in order to show the lower intensity peaks. For 

the subsequent spectra shown in Figure 4, the 

intensity of Al4C3 peaks is greatly reduced. It is 

evident from the XRD spectrum of a second sample 

produced from the same SWCNT-Al powder 

(SWCNT-Al-v2) that, through optimization of the 

HIP consolidation, it was possible to inhibit 

formation of Al4C3. In that case only the most 

diagnostic of the carbide peaks, indicated by arrows 

in Figure 4, were observed above the background. A 

very similar spectrum is observed for the sample 

produced by the sintering method, although in that 

case the final SWCNT content is lower. 

 

The least instance of Al4C3 formation was observed 

for the silver-protected SWCNT composite 

(Ag@SWCNT-Al), which was produced by HIP, 

where the XRD spectrum does not show any 

evidence of Al4C3 formation as even the most 
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Fig 4. XRD data (○) and fit (——). The calculated peak positions for aluminum (|) and aluminum carbide (|) are 

indicated below each spectrum. The aluminum carbide phase is included only for the sample SWCNT-Al-v1, as 

this is the only case with extensive aluminum carbide formation. In other cases, either only the most intense 

aluminum carbide peaks are observed (HIP: SWCNT-Al-v2 and Sintering: SWCNT-Al) or no aluminum 

carbide peaks above the background (HIP: Ag@SWCNT-Al). Note that the aluminum spectrum shown for 

comparison was for a sample produced by the HIP method. 

 

intense Al4C3 peaks are not observable above the 

background. The relative decrease in the Al4C3:Al 

ratio in comparison to SWCNT-Al-v2, which was 

produced with the same HIP conditions, also could 

be due to its lower SWCNT content. Although both 

composites contained ~5wt% filler, the majority of 

the filler weight for Ag@SWCNT-Al was silver and 

the composite contained only 0.5 wt% SWCNT. 

Considering the XRD spectra obtained for the four 

types of MMC shown in Figure 4, results show that 

it was possible to inhibit formation of aluminum 

carbide by controlling the processing conditions 
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used for preparation of the SWCNT-Al composites, 

in both the HIP and sintering methods, and through 

the use of a silver coating. It is clear that the silver 

protection scheme was effective in preventing 

carbide formation; however, the protective coating 

step many not be essential as Al4C3 formation was 

also inhibited in other cases. A comparison of 

samples with and without the Ag coating but with 

equal SWCNT content, which was not part of the 

current set, would conclusively determine if the 

silver coating provides a significant benefit. 

However, performance measures including electrical 

resistivity and strength are more important at this 

stage to determine if the amount of Al4C3 produced 

is tolerable for potential transmission cable 

applications. 

 

4.2 Physical Properties 

Electrical resistivity results for aluminum and the 

CNT-Al MMCs are shown in Table 2. Duplicate 

samples were tested using several measurement 

currents (i = 0.1 to 1 A) and voltage lead separations 

(L = 3 to 30 cm) to verify that the resistivity results 

were consistent. Samples with extensive Al4C3 

evident in the XRD spectra had high resistivity, 

three orders of magnitude higher than aluminum. In 

contrast, when Al4C3 formation was inhibited the 

resistivity was only a small factor higher than the 

baseline aluminum samples without SWCNTs.  

 

In a preliminary mechanical test the ultimate tensile 

strength of the Ag@SWCNT-Al composite, which 

showed the least incidence of Al4C3 and the lowest 

resistivity of the HIP-consolidated samples, was 

tested and found to be an average of 70% higher 

(1.7x) than that of an aluminum  sample produced 

by HIP (120 MPa vs. 70 MPa). Three MMC samples 

were tested along with three baseline aluminum 

samples. While these MMCs also contained silver, 

based on simple rule of mixtures estimates the 

strength increase due to addition of silver would be 

expected to be much less than observed for the 

Ag@SWCNT-Al MMC. Therefore, it can be 

concluded that the SWCNT integration is crucial to 

the strength-improvement observed here. 

 

While the absolute strength values are below typical 

AAC and ACSR cables, there are a number of post-

consolidation treatments that are known to improve 

the mechanical performance of aluminum. 

Additionally, an aluminum alloy powder could be 

employed instead of pure aluminum. Power 

transmission aluminum alloy (Al-1350-H19) 

because it provides higher strength than pure 

aluminum. While none of these methods were within 

the scope of the work, they indicate ample 

opportunity to improve the strength. 

 

5 Conclusions 

Production of aluminum and SWCNT-aluminum 

MMCs, containing up to 5 wt% raw SWCNTs, 

 

 

Table 2. Electrical resistivity at room temperature for aluminum and SWCNT-Al metal-matrix composites 

prepared by the HIP and sintering methods  

Sample Production method wt% SWCNTs 
Electrical resistivity 

(Ω cm) 

Aluminum (literature) NA 0 2.8 x 10
-6

 

    

Aluminum (this study) HIP 0 3.1 x 10
-6 

SWCNT-Al-v1 HIP 5 5.8 x 10
-3

 

SWCNT-Al-v2 HIP 5 5 x 10
-6

 

Ag@SWCNT-Al   

     (Ag:SWCNT= 10:1) 
HIP 0.5 3.7 x 10

-6
 

    

Aluminum (this study) Sintering 0 3.1 x 10
-6

 

SWCNT-Al Sintering 0.66 3.2 x 10
-6
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from powder has been reported. Where the 

formation of Al4C3 was successfully inhibited, the 

conductivity of the metal matrix composites was 

comparable to pure aluminum samples. In a 

preliminary test, the ultimate tensile strength also 

was significantly improved relative to a baseline 

aluminum sample prepared by the same method.  

 

Considering the electrical resistivity and strength 

values observed here, along with the estimated 

percentage improvements required to replace the 

steel strands in conventional ACSR cables and the 

potential avenues for further improvement, these 

initial results are encouraging in terms of the 

potential to produce CNT-reinforced aluminum 

conductor cables and merit further investigation. 
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1 Introduction 

The progressive degradation of complex textile 
composites is a significant topic for assessing the 
durability of these engineering structures. The 
damage mechanisms observed at the mesoscopic 
scale – i.e. where the yarns are considered as 
homogeneous - induce variations of macroscopic 
mechanical parameters such as the stress at failure. 
This work deals with the link between local 
stress/strain and the applied load at the macroscopic 
scale thanks to multi-scale finite element analysis. 
The noxiousness of broken yarns depending on their 
number is investigated with regard to the decrease in 
the stress at failure of the textile composite.  

2 Experimental Evidences 

The composite material under investigation is a 2.5D 
angle interlock woven fabric [1-2]. The matrix, the 
warp and the weft yarns are respectively made of 
polyvinylchloride (PVC), polyethylene terephtalate 
(PET) and polyamide 66 (PA66). A significant 
decrease in the stress at failure of the textile 
composite was evidenced on a degraded sample 
subjected to cyclic bending in service. To better 
understand the cause of this degradation, 
experimental investigations at macroscopic and 
mesoscopic scales were performed. 

2.1 Tensile Tests Results 

Tensile tests on two kinds of sample were carried 
out: on the textile composite laminate and on the 
warp yarn. The measured stresses at failure were 
respectively 100MPa and 600MPa. The ratio 
between the local stress at failure (at mesoscopic 
scale) and the macroscopic one - here equal to 6 - is 
introduced as a critical stress concentration 
coefficient. It will be assumed as a key parameter for 

the woven composite. Indeed, it depends on the 
materials, the architecture and the characteristic 
dimensions of the components. 

2.2 Composite Material Architecture 

Non destructive X-ray tomography technique was 
used to inspect the microstructures. Figure 1 shows a 
reconstructed image of the initial microstructure. 
The weft and warp yarns can clearly be identified. 
Additionally, the observations revealed 
manufacturing defects such as porosity, microcracks 
networks in the matrix and pieces of naked 
(debonded) yarns. In the matrix, traces of fillers 
were also observed. 

2.3 Damage Mechanisms 

Fig. 2 illustrates a tomographic volume (2.5 mm x 
4.9 mm x 7.8 mm) obtained from a degraded 
sample. At the macroscopic scale, regularly spaced 
transverse cracks were observed on both faces of the 
composite material. Two transverse cracks can 
clearly be evidenced on the PVC matrix at the top 
face. In addition, the warp yarn located in the upper 
face of the composite, just under the cracked skin is 
clearly broken. This breakage occurred on the peak 
position of the undulation. The fracture surfaces of 
these broken yarns were oriented perpendicularly to 
the axis of the warp direction. The cross section 
corresponding to the warp yarn fracture surface will 
be investigated in the numerical analysis. 

3 Numerical Simulations 

3.1 Finite Element Modelling 

The following calculations were made using the 
Finite Element Method (FEM). Linear elastic 
behaviors were considered. The matrix and the yarns 
were respectively assumed to be isotropic and 
orthotropic. The local Euler angles within each yarn 
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FAILURE MECHANISMS IN A 3D WOVEN COMPOSITE  
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were updated during the computation in order to fit 
to the orthotropic conditions. A 3D periodic cell was 
determined from the textile composite architecture 
(fig. 3). The meshes consisted of 591,209 tetrahedral 
linear elements, with 312,105 degrees of freedom. In 
the upper part of the mesh (fig. 3), the matrix was 
removed in order to show the yarns arrangement. To 
this periodic cell, a uniaxial tensile Static Uniform 
Boundary Condition (SUBC) following the warp 
direction was applied. The mean stress <σnom> 
applied at the macroscopic scale, corresponds to the 
stress at break of the composite material, i.e. 100 
MPa. 

3.2 Local Stress Distribution 

The local stress tensor within a particular warp yarn 
(fig. 4a) was analyzed. Attention is paid on the 
largest principal stress (σp1) for which the 
eigenvector is systematically normal to the cross 
section all along the curvilinear abscissa (s) of the 
warp yarn [2]. The diagram in fig. 4 reveals the 
trend of normalized σp1 respectively along the upper, 
the central and the bottom lines of the selected warp 
yarn. The maximum of σp1 is obtained in the 
external lines, located in both peak positions 
(maximum curvature). The corresponding cross 
sections are noted as skin and core sections in fig. 
4a. 
 
The maximum σp1 is estimated at 860MPa by the FE 
simulation, whereas both transverse principal 
stresses σp2 and σp3 were negligible. Before 
comparing this value to the stress at break of the 
warp yarn, a detailed analysis of the stress state is 
performed. To this end, the stress triaxiality ratio τ is 
introduced as  

1

321

p

ppp

3

++
=

σ

σσσ
τ   (1) 

where σp1, σp2 and σp3 are the principal stresses 
ordered such that σp1 ≥ σp2 ≥ σp3. This stress 
triaxiality ratio τ is then plotted in fig. 5 and its 
value is roughly constant. Especially, where σp1 is 
maximum, τ is equal to 0.33, due to σp2 = σp3 ≈ 0. 
Therefore, it can be concluded than in the peak of 
undulation where the maximum largest principal 
stress is reached, the stress state is uniaxial, similar 

to the stress conditions for test to failure of 
individual yarn. 
 
Now, attention is paid on the distributions of the 
maximum principal stress within the aforementioned 
cross sections: skin and core sections (fig. 6a). 
σp1/σp1

max was plotted as a function of the 
normalized z-position (height) in both sections in 
fig. 6b. A stress gradient is clearly observed. Higher 
stresses are encountered in the hollow part of the 
curved yarn, that is diametrically opposed to the 
peak position of the undulation. The maximum 
σp1

max value is located at a small distance from the 
skin of the yarn. It is estimated at around 1000MPa. 
Figure 7 shows that, again the stress triaxiality ratio 
is about 0.33 (uniaxial stress state). 
 
By numerically applying the stress at failure to the 
textile composite structure (100MPa), the local 
stress σp1

max computed within a warp yarn is higher 
than its stress at failure experimentally determined 
(600MPa). The present multi-scale modeling was 
able to capture that the failure of the textile 
composite at the macroscopic scale is due to the 
fracture of a series of warp yarns within the 
structure. 
 
The stress concentration coefficient defined as: 

><
=K

nom

max
1p

σ

σ
σ   (2) 

where max
1pσ  is the local maximum of the largest 

principal stress within the warp yarn and <σnom> is 
the mean stress applied at the macroscopic scale on 
the textile composite, in the warp direction. For the 
present architecture (fig. 3) Kσ = 10, which is higher 
than the materials critical value of 6 mentioned in 
section 2.1. Kσ can be considered as an optimization 
criterion for architecture design. Indeed, a good 
failure property would be obtained by minimizing 
Kσ. 

3.3 Load Transfer Consecutive To Warp Yarn 
Break 

The critical value of σp1
max = 1000MPa was utilized 

to study the load transfer when consecutive yarns 
were broken. Typically, a first cut is numerically 
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incorporated in the warp yarn near the skin of the 
textile composite (fig. 8). By applying the same 
<σnom> to this structure containing a defect, the 
maximum load transfer occurred at the closest peak 
position of a surrounding yarn. The maximum σp1 of 
this nearest unbroken yarn is recorded and the 
relative load transfer is defined as: 

100x
)n(

)n(-)1+n(
=(%)

max
p

max
p

max
p

p

p

1

11

1

1

σ

σσ

σ

σ∆
 (3) 

n being the number of broken yarns (n initial value 
is 0). Eq. (3) is applied to the nearest yarn of the n-th 
broken yarn. Fig. 8 illustrates a mesh where two 
consecutive broken yarns were incorporated. 
 
The evolution of ∆σp1/σp1 as a function of the 
number of broken yarns is depicted in fig. 9. A 
continuous increase of the stress is observed. This 
increase in the relative load transfer means that if a 
first cut of yarn occurs, an avalanche of yarn breaks 
is likely to appear. The slope of the curve in fig. 9 is 
a key parameter to control the failure of the textile 
composite. This slope depends on the arrangement 
of undulations within the woven composite. 
 
Furthermore, after 4 broken yarns, the increase of 
∆σp1/σp1 is of about 10%. By inverting the Kσ 
formula, it can be demonstrated that this increase 
results in a decrease of the same magnitude in the 
stress at failure of the woven composite. 

4 Conclusion 

The damage mechanisms of a 2.5D angle interlock 
woven fabric was investigated by means of X-Ray 
tomography inspections on a degraded sample. 
Multi-scale FE modeling was performed thanks to a 
3D periodic cell. The simulation results showed that 
the largest principal stress was heterogeneous within 
the warp yarn. The peak value was obtained in the 
hollow part of the curved warp yarn. The multi-scale 
modeling showed that the failure of the textile 
composite at the macroscopic scale is due to the 
fracture of a series of warp yarns within the 
structure. The stress concentration coefficient was 
proposed to constitute an optimization criterion for 
architecture design purpose. The slope of the load 
transfer curve as a function of the number of broken 
yarns was also proposed as a key parameter to 

control the propagation of yarn breakage within the 
textile composite. 
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Fig. 1. Tomography volume of the initial microstructure 
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Fig. 2. Tomography volume of a degraded textile 
composite 

 
 
 
 
 
 
 
 
 
 

 
 

Fig. 3. Meshing of the periodic cell 
 
 
 

 
 
 
 
 

    
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig. 4. Normalized maximum principal stress distribution 

along a warp yarn (σp1
max =860MPa and σp2 = σp3 ≈0) 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 5. Stress triaxiality ratio within a warp yarn 
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Fig. 6. Normalized maximum principal stress distribution 

across the section of the warp yarn (σp1
max =860MPa) 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
Fig. 7. Evolution of the stress triaxiality ratio across the 

section of the warp yarn 
 
 
 
 
 
 

 
 
 
 

 
Fig. 8. Mesh of the textile composite with two 

incorporated broken warp yarns  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig. 9. Load transfer as a function of the number of 
broken warp yarn 
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1 Introduction 

 

Injection molded tensile bars made of glass-fiber-

reinforced Polyamide 66 (33% fiber volume fraction) 

with molded in 4 mm holes were subjected to tensile 

load in order to study their failure behavior. 

Furthermore, Digital Image Correlation (DIC) 

Testing was accomplished to investigate the tensile 

strain fields on the surface of the tensile bars. In 

addition, injection molding simulations with 

Moldex3D were carried out to generate fiber 

orientation and stiffness data for an ABAQUS-

Model. This model was used to simulate the tensile 

tests in order to compare FEM and DIC-Results for 

tensile strain. Finally, scanning electron microscopy 

(SEM) was performed to investigate the micro-

failure of the fracture surfaces. 

 

2 Results 

 

Besides the classical failure at the smallest cross 

section at the hole, a second, competitive failure 

mode around the hole could be observed. It is 

illustrated in Figure (1). A resulting tensile strain 

field of the DIC-Analysis just before the failure of 

the part is shown in Figure (2). In contrast to a usual 

strain field of an isotropic material, the strain 

maxima are displaced towards the gate side of the 

hole. The failure line was modeled and data for the 

tensile strain was extracted. The geometry of the 

failure trajectory was examined in the 3D 

ABAQUS-Model. Information about tensile strain, 

stiffness components and fiber orientation were 

extracted in the thickness direction for the mold 

surfaces and the mid plane of the modeled bar. The  

 

 

strain results along the failure path were found to be 

similar through the thickness. For the top surface, 

the strain data of the DIC and FEM-Analysis along 

the normalized fracture length are compared in 

Figure (3). The shapes of the graphs are very similar 

with the strain extrema in nearly the same locations.  

The fiber orientation and stiffness data were 

analyzed. It could be observed that the fibers tend to 

align in the transverse direction of the flow in front 

of the stagnation point at the hole. Moving towards 

the edges of the failure line, the fiber orientation 

becomes tangent to the hole and thereby, aligned in 

the direction of load. This change in fiber orientation 

in the regions of maximum strain along the fracture 

line is connected with a gradient in tensile stiffness, 

which was confirmed by the extracted stiffness data.  

 

Finally, the fracture surface was investigated by 

SEM. In the mentioned regions of high tensile 

strains along the failure line, ductile matrix failure in 

connection with fiber breakage could be found, as 

seen in Figure (4). The other regions were 

dominated by brittle matrix failure. These 

observations agree in terms of the matrix behavior 

with a micro-failure model developed by Sato et al. 

[1]. The authors investigated the failure of 

Polyamide 66 with 30% glass fibers in-situ by SEM-

Analysis. According to their results, ductile behavior 

in the initiation region of failure first occurs. Then 

the opening crack becomes critical and brittle matrix 

failure. 
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Fig. 1. Failure around the hole for the investigated tensile 

bars 

 
Fig.  2. DIC-Tensile strain field with modeled failure line 

 
Fig.  3. Comparison of the tensile strain along the 

modeled failure lines 

 
Fig.  3. Observed micro-failure in the area of maximum 

tensile strain along the fracture path 

 

 

3 Conclusions 

The observation of the described fracture around the 

hole illustrated that for the investigated injection 

molded parts microstructure can be the dominating 

reason for failure. This is an interesting result since 

the usual expectation is a fracture at the smallest 

cross section at the hole. 

By further investigations, it could be shown that 

both the DIC- and the FEM-results agree in the 

regions of maximum strain along the modeled 

fracture line. In these regions, ductile matrix failure 

was observed by SEM. According to a micro-failure 

model of a very similar material [1], this ductile 

behavior displays the initiation region of failure. 

Based on the results of a molding simulation, a 

gradient in tensile stiffness due to a changing fiber 

orientation was determined in the mentioned areas. 

Therefore, stress concentrations on the micro-scale 

are a probable reason for the occurred failure around 

the hole. 
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1 Introduction  
 
The ultrasonic inspection of composites is usually 
performed by moving a transducer along the 
inspected area and by steering the ultrasonic beam 
below and nearby the transducer, when this is a 
multi-element probe. On the other hand, ultrasonic 
guided waves, e.g. Lamb waves, could be used to 
perform, from a single remote location, a rapid 
inspection of large plate-like composite structures 
[1-3]. The objective of this work is to consider such 
approach with a removable multi-element probe, not 
permanently attached to the tested structure. 
 

2 Experimental set-up and method 

The proposed method is to perform long-range 
Lamb waves inspection with a new dedicated low-
frequency multi-element ultrasonic probe. The 
11x11 elements of the probe are driven by using the 
phased array principle for generating/detecting pure 
Lamb modes in/from various successive directions 
[4-6]. In order to detect remote defects, the received 
signals are processed (in the frequency domain for 
compensating the dispersive effects of the guided 
wave modes) to produce an accurate image of the 
inspected area [7]. However, in orthotropic 
materials, the inspected directions are limited to 
principal axis of symmetry because the algorithm is 
only valid for collinear phase and group velocities.  
 
Two experimental set-ups are used to illustrate the 
efficiency of the method: i) composite plate (1.6-mm 
thick carbon epoxy, stratified plate, [0/90]3s) with a 
metallic insert (diameter of 20 mm) (Fig. 1); ii) a 

stiffened curved composite structure (4-mm thick) 
with an impact damage on the surface (Fig. 2). 

 

3 Experimental results 

For the composite plate, the image (Fig. 3) is 
obtained by using the S0 Lamb mode at 0.35 MHz 
and with the probe located at 210 mm from the 
simulated delamination. The plate edges and the 
insert are localized with a precision of 10 mm. 
 
For the curved composite structure, the image (Fig. 
4) is obtained by using the S0 Lamb mode at 0.5 
MHz, with the probe located at 210 mm from the 
damage. The plate edges, the impact damage, the 
holes with diameter of 5 mm close to one edge and 
two stiffeners are detected and localized with a 
precision of 10 mm. 

 

4 Conclusions 

The proposed NDT process demonstrated high-
quality and promising performance for the accurate 
detection and localization of delamination-like 
defect and impact damage in composite materials. 
The presented method is limited to principal axis of 
symmetry; but, considering the usual arrangements 
of plies in composite materials, principal directions 
are often quite numerous, and this should not be 
limitative for many applications. Whatever, the 
method is currently under development for further 
applications to any direction in orthotropic materials. 
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Fig.1 Photograph of the experimental set-up of the 
composite plate with a metallic insert.  

 
Fig. 2. Photograph of the stiffened curved composite 
structure with an impact damage.  
 

 
Fig.3 The image of the composite plate is obtained 
by ultrasonic inspection with the probe.  
 
 

 
Fig. 4. The image of the curved composite structure 
is obtained by ultrasonic inspection with the probe.  

ICCM19 4173



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

The quality and the mechanical properties of 

composite parts are strongly affected by the void 

content [1, 2]. In Resin Transfer Molding (RTM), 

most of the voids are formed during mold filling and 

result mainly of the dual porosity scale of the 

engineering textiles used as fibrous 

reinforcements.[3, 4]. Several post injection methods 

exist to reduce void content, such as bleeding or 

applying a consolidation pressure. However, most of 

these methods are expensive and cannot be easily 

implemented to parts of complex geometry or very 

large pieces. 

Macroscopic voids are formed between the fiber 

tows when the velocity is too low (flow driven by 

capillary forces), whereas microscopic voids appear 

inside fiber tows when the velocity is too high (flow 

driven by viscous forces). It was proven that an 

intermediate optimal injection velocity range exists 

that minimizes void formation during resin injection 

[5, 6]. This velocity range is specific of each 

combination of resin and fabric. As shown in Fig. 1, 

the void content in composite samples describes a 

“V-shaped” curve as a function of the injection 

velocity. The optimal velocity range can be 

determined by capillary rise experiments at low 

impregnation velocity.  

2 Materials and methods 

2.1 Capillary rise experiments 

The capillary rise experiment is a well-known 

method to characterize the impregnation of materials 

by capillary flows. It is used in different fields such 

as textiles, porous media, soils, etc. The principle of 

this technique consists of dipping the sample 

material in a recipient containing the infiltration 

fluid and measure the evolution of the impregnation 

in time. 

The classical measurements record the mass of the 

absorbed fluid and/or the height of the capillary 

front. The mass of the absorbed fluid is an effective 

way to quantify the impregnation, but it is difficult 

to connect this measurement with the velocity of the 

infiltration fluid, because the level of saturation of 

the porous medium is unknown and varies in time. 

Different visible techniques exist to measure the 

height of the fluid front. It consists of recording 

images during the capillary rise and determining the 

positions of the capillary front by image processing. 

A powerful method using a fluorescent dye has been 

developed for glass fibers reinforcement (see Fig. 

2)[7, 8]. 

However, these capillary rise experiments are based 

upon the optical visualization of the resin flow front. 

Therefore it is not possible to extend these 

techniques to non-transparent reinforcements such as 

carbon fibers. Since these latter types of fibrous 

reinforcements are widely used, it is primordial to 

estimate the optimal injection velocity in this case. 

This is why the experimental procedure needs to be 

modified in order to characterize carbon fiber 

reinforcements by capillary rise experiments. 

2.2 Infrared thermography applied to capillary 

rise measurements 

InfraRed Thermography (IRT) has become a widely 

used measurement technique in research and 

engineering, especially in the Non Destructive 

Testing (NDT) of composites [9]. Infrared 

thermography (IRT) has already been used for 
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capillary rise measurements, but only as a 

visualization tool [10]. Indeed, it enabled to locate 

the flow front in porous media samples and plot the 

evolution of the fluid height in time during the 

capillary rise. This investigation aims to study the 

possibility of using IRT as a quantitative technique 

to follow the evolution of the capillary front in time 

during the imbibition of carbon fiber engineering 

textiles.  

The experimental setup is inspired from the initial 

work carried out in transparent fibers with a 

fluorescent liquid and ultraviolet image acquisition. 

Fig. 2 shows a diagram of the initial setup [11], but 

in the IRT technique the balance, the UV light 

source and the HD camera are  no longer necessary.  

In this new approach, the main experimental 

difficulty is connected with the thermal signal 

required to visualize the evolution of the capillary 

front. If the reinforcement and the fluid are both at 

room temperature, no temperature changes occur 

during imbibition. Therefore a thermal contrast 

needs to be created between the liquid and the 

fibrous reinforcement in order to visualize the 

temperature changes resulting from liquid 

infiltration. Several approaches will be considered 

either by increasing or decreasing the fluid or the 

reinforcement temperature. 

Different tests have been carried out and the retained 

option was to slightly increase the fluid temperature 

via a temperature controller and a heated plate (see 

Fig. 3). Indeed, it is not possible to control precisely 

the sample temperature, since it is subjected to 

convection and heat transfer, whereas the fluid 

temperature is more stable and easer to control. The 

whole experimental setup is installed in an insulated 

dark room in order to avoid air motions, vibrations, 

external light, as well as to minimize heat transfer. 

Samples of 1” x 3” were prepared with 2D glass 

fibrous reinforcements from JB Martin TG15N and 

with 2D carbon fibers from Sigmatex SC622. The 

liquid used for the experiments is hexadecane, which 

is a perfectly wetting fluid of well-known physical 

properties (density, viscosity, contact angle). In this 

configuration, IR images were recorded during the 

capillary rise at different frame rates (1 and 5 Hz, 

i.e., 1 and 5 frames per second). Every image is a 2D 

matrix giving the temperature field in Celsius 

degrees. No image compression is applied such as in 

jpeg files. This allows a better accuracy for further 

post-processing.  

An example of 2D temperature field extracted from 

a capillary rise experiment is shown in Fig. 4. The 

whole sequence of temperature fields is a set of 2D 

matrices, which can be considered as a 3D matrix 

with time as third dimension. This sequence of 

images is imported into Matlab software for post-

processing. An inverse technique is then used to 

estimate the velocity from the temperature fields. 

The next section describes the algorithm used for 

that purpose. 

3 Numerical method  

3.1 Thermal modelization  

Inverse techniques are well known in heat transfer 

problems, and very useful in the case of infrared 

thermography [12]. In order to retrieve the velocity 

of the fluid from the temperature field, a thermal 

model needs to be introduced. In the case of 

capillary rise experiments in a two dimensional 

fabric, the physical phenomenon can be considered 

as bidimensional, because the thickness is negligible 

compared to the length and width of the samples. 

The heat equation can be written in the fibrous 

reinforcement, as follows:  

 

 

2 2

2 2

rf rf rf

rf rf rf

T T T
Cp

t x y
 

   
      

 (1) 

 

where ρ is the density (kg.m
-3

), Cp the heat capacity 

(kJ.kg
-1

.K
-1

), T the temperature (
0
K), t the time (s), λ, 

the thermal conductivity (W.m
-1

.K
-1

) and x, y 

represent the space coordinates (m). The subscript rf 

stand for the fibrous reinforcement. 

In the infiltration fluid, the heat equation becomes:  
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T T
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 (2) 

where vY is the velocity in the y direction (m.s
-1

) and 

the subscript fl stands for the liquid.  

 

The fluid flow during the capillary rise is mainly 

vertical (i.e., in the y direction), thus the velocity in 

the x direction can be neglected. During the capillary 

rise, three different temperatures can be 
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distinguished: the fluid temperature Tfl, the 

reinforcement temperature Trf, and the observed 

temperature Tobs via the camera. Given the geometry 

and the high thermal conductivity of the 

reinforcement sample, there is a short time lapse at 

the beginning of the capillary rise when the fluid and 

the reinforcement temperatures are equal: 

 

 obs rf flT T T T    (3) 

 

During this time lapse, the thermal front visualized 

with the camera corresponds to the fluid front inside 

the reinforcement. After this time lapse, the thermal 

front is blurry and does not correspond to the fluid 

front anymore. This is due to convective heat 

transfer around the sample (see Fig. 5). This means 

that the estimation of the velocity will be possible 

only at the beginning of the capillary rise, when the 

liquid and thermal fronts are superimposed.  

This time constraint does not represent a major 

problem, because we are interested in the estimation 

of the spontaneous imbibition velocity, namely at 

the onset of impregnation.  

Moreover, the IR camera allows recording images at 

a high frequency, hence increasing the amount of 

data available during this short time lapse at the 

beginning of the capillary rise experiment. 

Thus, the hypothesis stated in the equation (3) is 

valid, and it is possible to combine the equations (1) 

and (2) in order to rewrite the thermal model as 

follows: 
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 (4) 

 

3.2 Inverse technique algorithm 

The IR camera records images on a regular grid with 

square pixels, thus the spatial steps in the x and y 

directions are equal so that 

 

 x y    (5) 

 

On the other hand, the time step Δt between two 

consecutive images is known from the camera. 

Therefore, it is possible to discretize equation (4) by 

finite difference to obtain the following equation: 
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(6) 

where M denotes properties of the composite, i.e., 

the liquid the mixed thermo-physical properties are 

evaluated by the rule of mixture as expressed in the 

following equations : 

 

  1M M hex hex renf renfCp Cp Cp        (7) 

 

  1M hex renf        (8) 

where  (%) denotes the porosity of the 

reinforcement. 

Assuming that all the thermo physical properties are 

known (see table 1), the only unknown in equation 

(6) is the velocity vY of the capillary front which will 

be estimated from the IR images. Equation (6) can 

be rewritten in the following simplified form: 

 

 , , , ,1 2 3i j Y i j i j i jC v C C   (9) 

 

where C1, C2 and C3 are respectively proportional 

to the time and spatial derivatives, and the Laplacian 

of the temperature fields, as defined below: 

 

1

, ,

,1

k k

i j i j

i j M M

T T
C Cp

t


 



 (10) 

 

 
, 1 ,

,2

k k

i j i j

i j hex hex

T T
C Cp

y


 



 (11) 

 

 
, 1 , 1 1, 1, ,

, 2
3

4k k k k k

i j i j i j i j i j

i j M

T T T T T
C

y


      



(12) 

 

It is then possible to estimate the velocity from the 

temperature fields, as follows: 
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Thus, a value of the velocity can be calculated for 

every pixel (i,j) of the thermal image, allowing to 

directly generate a map of the estimated velocity 

field without having to detect the liquid height at 

several intermediate steps. 

3.3 Capillary number and resin velocity 

determination 

The velocity values from the inverse technique are 

suitable for hexadecane and glass fibers. It is 

possible to calculate the equivalent velocity for 

resins without carrying out capillary tests with 

resins. Indeed, the modified capillary number Ca* is 

defined as in equation (14) from the velocity [13, 

14]: 

 

 
.

*
cos

hex hex

hex hex

v
Ca



 
  (14) 

 

The modified capillary number takes into account 

the contact angle, thus it remains constant for other 

liquids using the same fabrics in the same operating 

conditions. Therefore the optimal injection velocity 

of the resin vresin can be calculated by equation (15): 

 

 
cos

*.
resin resin

resin

resin

v Ca
 


  (15) 

 

The optimal injection velocity is evaluated for two 

typical resins used with the JB Martin fabric: the 

Derakane 411-350 vinyl ester and the DER 383 

epoxy resins. The viscosity of these resins was 

measured as a function of the temperature with an 

Anton-Paar MCR-501 rheometer. The surface 

tensions were extrapolated from measurements at 

20°C and 50°C [15]. The contact angle measured at 

room temperature by optical means with a Ramé-

Hart NRL-100 goniometer is assumed to remain 

constant in temperature. 

4 Results  

4.1 Glass fiber reinforcements 

The reinforcement samples of JB Martin TG15N 

NCF were cut along the warp direction. The fluid 

was first heated to 30°C. The thermal images are 

cropped according to the region of interest shown in 

Fig. 4 before being processed. As shown in Fig. 6, 

the thermal and fluid fronts are superimposed at the 

beginning of the capillary rise, but rapidly, the 

thermal front is stopped because a state of thermal 

equilibrium is established with the surrounding air. 

From these temperature fields, the inverse technique 

algorithm gives the velocity field shown in Fig. 7. 

On the first image (t = 4.119 s), the fluid is not rising 

yet; so no velocity can be estimated. On the second 

image (t = 4.306 s), the fluid starts to rise; thus local 

temperature variations can be estimated. On the next 

images (t = 4.54 s and t = 4.77 s), the velocity is 

estimated only where the temperature varies. Indeed, 

since the temperature does not change on the pixels 

where the fluid has already been detected, the 

estimation needs not to be performed again on those 

pixels. 

As shown in Fig. 8, it is possible to represent a 

cumulative velocity map), on which the “fingering 

effect” can be observed, i.e., the faster velocity front 

inside the fiber tows. 

Fig. 9 shows the mean velocity value calculated on 

each frame and plotted against time. It is clear that 

the method is repeatable and works efficiently for 

the first frames of the capillary rise. But when the 

thermal signal becomes too low (after t > 5 s for 

example), the value of the estimated velocity tends 

to zero, which is not representative of the physical 

phenomenon.  

Given the large amount of data available (one pixel 

= one value of velocity), the mean values plotted in 

Fig. 9 are relevant. The spontaneous optimal 

velocity corresponds to the peak of the velocity 

curves displayed in Fig. 9.  

The experiments were repeated at different 

temperatures and for several acquisition frequencies 

(see Fig. 10). For both acquisition frequencies 

tested, the estimated velocity increases with 

temperature. However, the results at 1 Hz are less 

stable and the standard deviation becomes larger. 

Increasing the frame rate to 5 Hz yielded a better 

accuracy and more stable results. Indeed, with only 

1 frame per second, a part of the signal can be 

averaged and biased between two frames. This can 

generate an error especially between the two first 

frames (right after the contact of the fabric with the 

fluid). Thus, it was concluded that all future analyses 

should be carried out at a frequency of 5 Hz.  

The equivalent resin velocity is calculated by 

equations (14) and (15). The results are presented in  

Table 2. At 30°C they compare well to those 

obtained in [15] by the visible imaging technique at 

ICCM19 4177



 

 

 

5 

 

RTM OPTIMAL INJECTION VELOCITY DETERMINATION BY CAPILLARY  

RISE MEASUREMENTS USING INFRARED THERMOGRAPHY  
 

room temperature (22.5 ± 2 °C). This proves the 

efficiency of this new approach and validates the 

experimental procedure based on infrared 

thermography (IRT). This protocol can now be 

applied to non-transparent carbon fabrics. 

4.2 Carbon fiber reinforcements 

Samples of Sigmatex SC622 carbon fabrics were cut 

in the warp direction. As reported in the validation 

tests with glass fibers samples in the previous 

section, the capillary rise tests were performed at 

30°C, 40°C and 50°C with a recording frequency of 

5 Hz. The same image treatment and estimation 

procedure is applied to the carbon fiber 

reinforcements. Samples images from the capillary 

rise tests on carbon fibers at 30°C are shown in Fig. 

11. Carbon is more conductive than glass, therefore 

the thermal images are more subject to noise and the 

thermal front is harder to locate. Therefore it is 

difficult to measure the liquid height like in the 

classical optical methods. However, in the new 

approach proposed in this investigation, the blurry 

effect of the fluid and thermal fronts is not a 

limitation because the IR estimation method based 

on finite differences allows a direct estimation and  

mapping of the velocity field.. 

The instantaneous estimated velocity maps are 

shown in Fig. 12. As already observed for glass fiber 

reinforcements, the velocity can only be estimated 

where a temperature difference occurs between two 

images. Note that a cumulative velocity map can 

also be drawn as shown in Fig. 13. Since the 

geometrical properties and the weaving/stitching 

structure is different for the carbon fabric tested, no 

“fingering” effect is observed. This means that the 

flow behavior is different.  

The mean value of velocity is calculated on each 

frame and plotted in time (as shown in Fig. 14). 

Since the noise is greater for carbon fibers, the 

estimation technique cannot generate results when 

the thermal signal is too low, and no values were 

returned. This is why there are apparently less points 

in Fig. 14 than in Fig. 9. However, the returned 

values of Fig. 14 are reliable and correspond to the 

spontaneous imbibition velocity.  

The experiments were repeated at different 

temperatures. The spontaneous imbibition velocity is 

plotted as a function of temperature in Fig. 15. The 

same trend is observed as in glass fiber 

reinforcements: the velocity tends to increase with 

temperature. 

The same order of magnitude is observed for of the 

estimated velocity in carbon and in glass fabrics. But 

the estimated velocities in the carbon fabrics are 

slightly higher compared to the glass fabrics. This is 

due to the architecture of the carbon fabrics, which 

have a smaller hydraulic diameter, and thus exhibit a 

greater capillary pressure. Note that the velocity 

could be affected by the value of thermal 

conductivity of carbon used in the algorithm. This 

parameter should be studied and measured 

accurately in order to refine the results. The 

equivalent velocity for the epoxy and vinyl ester 

resins considered could not be calculated since the 

contact angle of such fluids with carbon is not 

known.  

5 Conclusion 

In this study, a new experimental protocol and 

numerical method were proposed in order to 

estimate the optimal injection velocity of resins 

through 2D fabrics for RTM processes. The new 

method is based on the improvement of capillary 

rise measurements. Since carbon fibers are 

completely opaque to light, the classical optical 

techniques are no longer relevant.  For this reason 

the InfraRed Thermography (IRT) was implemented 

and validated in this investigation by comparing the 

IRT results with a classical optical method. The 

optimal velocity through 2D glass fiber fabrics was 

in good agreement for the two resins considered 

(vinyl ester and epoxy). The method also permitted 

to estimate the optimal velocity as a function of 

temperature. 

The experimental results for 2D carbon fiber fabrics 

gave also the optimal velocity as a function of the 

temperature. Since no previous results are available 

for carbon fibers, the results would still need to be 

validated by injections void content analysis of 

carbon based composites and. 

Although some parameters such as thermal 

conductivity and emissivity or the thermal model 

can still be adjusted to improve the estimation, the 

first results obtained are promising. One of the main 

advantages of the proposed new method lies in the 

optimal velocity maps generated, that increase 

considerably the number of data and hence reduce 

the estimation error. Note that this study was limited 

to single plies at temperatures between 30°C and 
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50°C. In order to apply this approach to aerospace 

materials, the next step would consist of studying 3D 

carbon fabrics at higher temperatures. 
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Fig. 1: Theoretical percentage of voids as a function of 

the injection velocity in composites parts. 

 

 

Fig. 2: Initial experimental setup for capillary rise visible 

measurements. 

 

 

Fig. 3: New experimental setup for capillary rise 

measurements using infrared thermography (IRT). 
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Fig. 4: Example of a 2D temperature field (IR image) 

during a capillary rise experiment with hexadecane and a 

glass fibers reinforcement. 
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Fig. 5: Visualization of the fluid and thermal fronts for (a) 

short times and (b) after a long time of capillary rise 

experiment. 
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Fig. 6: Temperature fields during capillary rise of 

hexadecane through glass fibers reinforcements, recorded 

at 5Hz.  
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Fig. 7: Instantaneous estimated velocity fields from 

temperature fields during capillary rise of hexadecane 

through glass fibers reinforcements. 
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Fig. 8: Cumulative velocity field from instantaneous 

estimations during capillary rise of hexadecane through 

glass fibers reinforcements. 
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Fig. 9: Mean value of the estimated velocity as a function 

of time during capillary rise of hexadecane through glass 

fibers reinforcements. 

 

Fig. 10: Evolution of the estimated optimal velocity as a 

function of the temperature during capillary rise of 

hexadecane through glass fibers fabrics. Influence of the 

recording frequency.  

 

  

  

Fig. 11: Temperature fields during capillary rise of 

hexadecane through carbon fibers reinforcements, 

recorded at 5Hz.  

 

  

  

Fig. 12: Instantaneous estimated velocity fields from 

temperature fields during capillary rise of hexadecane 

through carbon fibers reinforcements. 
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Fig. 13: Cumulative velocity field from instantaneous 

estimations during capillary rise of hexadecane through 

carbon fibers reinforcements 

 
Fig. 14: Mean value of the estimated velocity as a 

function of time during capillary rise of hexadecane 

through glass fibers reinforcements. 

 

Fig. 15: Evolution of the estimated optimal velocity as a 

function of the temperature during capillary rise of 

hexadecane through glass fibers fabrics. 

Table 1: Thermo physical properties used for the 

reinforcements samples and the fluid.  

 ρ Cp λ 

(kg.m-3) (kJ.kg
-1

.K
-1

) (W.m
-1

.K
-1

) 

Glass fibers 2500 720 1 

Carbon fibers 1800 700 100 

Hexadecane 770 7200 0.15 [16] 

 

Table 2: Estimated optimal injection velocities for two 

resins through JB Martin TG15N glass fibers fabrics. 

(N.D = Non Determined). 

T(°C) 
vy Vinyl ester (mm.s

-1
) vy Epoxy (mm.s

-1
) 

this work Lebel [15] this work Lebel [15] 

30 0,149 0,18 0,138 0,14 

40 0,255 N.D 0,267 N.D 

50 0,433 N.D 0,508 N.D 
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1 Introduction  

Dispersing carbon nanotubes in a polymer matrix is 

a major challenge to improve the electrical and 

mechanical properties of carbon nanotubes polymer 

composites. Carbon nanotubes (CNTs) agglomerate 

in solutions and the high viscosity of thermoplast 

polymers makes it difficult to mix in tubes (1). We 

have recently discovered, much to our surprise, that 

carbon nanotubes disperse spontaneously in 

Polyether ether ketone (PEEK) when annealing (2). 

PEEK is a high performance polymer, chemically 

inert and has a high thermal resistance compatible to 

the temperature range requirements for aircrafts. The 

high melting temperature (343°C) and strong 

adhesion of PEEK are challenging when making 

composites. 

 

2 Context: CNT dispersion in PEEK 

When annealing agglomerated CNTs on the surface 

of a sheet of PEEK it is observed that PEEK is 

wetting the CNTs and is incorporated in the polymer.  

The effect of annealing is assumed to make the 

polymer diffuse in the CNT agglomerate. PEEK 

contains oxygen groups which interact with the 

nanotube surface (Figure 1). It is known that 

molecular oxygen binds to single walled CNTs with 

adsorption energy of 0.25 eV (3) and the interaction 

of oxygen with the nanotube surface leads to hole 

doping. Furthermore the phenol rings in PEEK are 

compatible with the honeycomb lattice of the tube 

surface. Both these effects contribute that PEEK is 

wetting CNTs. 

 The diffusion of nanoparticles in a polymer 

matrix depends in general on size and shape of the 

nanoparticle. While the diameter of carbon 

nanotubes is comparable or smaller than the chain 

length of the polymer, the tube length is several 

orders of magnitude longer. For individual 

nanotubes the mobility depends on diameter and 

length. The mobility of the CNTs in the polymer 

matrix is expected to be much smaller due to its 

large mass compared to the polymer molecule. 

Given the large length of CNTs they inevitably are 

bent depending on the local structure of the polymer 

and the presence of small crystallites in the vicinity 

of the CNT. Structural variations along the tube and 

its larger mass have the effect that vacancies are 

formed between the polymer matrix and the CNTs. 

The surface of CNTs is atomically smooth 

increasing diffusion of polymer molecules on its 

surface as long as the interaction with the CNT 

surface is small enough. The surface adsorption 

energy is about one order of magnitude larger than 

the thermal energy at room temperature. Since the 

PEEK molecules are chains they have the tendency 

to align with the CNT axis favouring diffusion along 

the tube axis. It has been shown through numerical 

simulations that the diffusion of polymer molecules 

along the tube axis is larger than in directions 

perpendicular to it (4). This means that the tube 

surface represents a preferential diffusion path for 

the matrix molecules. The diameter and length 

distribution of CNTs and the presence of other forms 

of carbon have the effect that the CNT 

agglomeration is disordered with frequent vacancies 

and gaps between the tubes. PEEK molecules have 

the tendency to diffuse into these vacancies limiting 

the bending of the tubes. This gives a possible 

scenario of how tubes get separated in a viscous 

polymer. When neighbouring tubes leave a vacancy 

behind, induced by bending motions, the vacancy 

gets filled in with PEEK having the effect of 

separating the tubes. The high temperature stability 

of PEEK makes it possible to keep the temperature 

of the polymer at elevated temperature favouring the 

effect of diffusion. This means the higher 
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temperature stability of PEEK implies the diffusion 

induced effects are playing a larger role and can be 

used to disperse CNTs.  

 Multi walled (MW) CNTs are conductors or 

small gap semiconductors and are excellent 

absorbers of electromagnetic radiation. The 

singularities in the electronic density of the quasi 

one dimensional nanotubes and the large range of 

diameters of the concentric walls make MW CNTs 

excellent broad band infrared and optical absorbers. 

The first optical transition energy in eV is given by 

0.8/d(nm) where d is the tube diameter. As the outer 

walls have a larger diameter (>3nm), the transition 

energies fall in the infrared spectral region. The 

absorbed heat is, however not well dissipated. Heat 

conduction in carbon nanotubes is mediated through 

phonons and is inefficient between CNTs. The small 

diameter of CNTs implies that effects of 

quantization of phonons perpendicular to the axis are 

strongly reducing heat conduction. In contrast the 

insulating polymer matrix has a much smaller 

optical absorption, several orders of magnitude 

smaller. The high absorption of electromagnetic 

radiation by the nanotube leads therefore to a heat 

backlog or imbalance and a heat gradient is formed 

around tube agglomerations. In addition the 

annealing process implies exposure to higher 

infrared radiation and as a result higher radiative 

heating. The higher temperature in the proximity of 

the tubes is correlated with a higher diffusion of the 

polymer molecules near and on the tubes. This 

means the action of diffusion is large were the tube 

are agglomerated. This contributes in making the 

dispersion more uniform. In summary, self-diffusion 

of CNTs in PEEK can be understood to be the 

consequence of enhanced diffusion in the vicinity of 

the tubes due to higher optical absorption of CNTs 

and preferential diffusion along the tubes of PEEK 

polymer molecules. 

 We will first present evidence that PEEK is 

wetting CNTs. We then show TEM and Raman 

spectral cross sectional images of a composite layer 

to show the uniformity of the CNT dispersion for 

multi walled CNTs (MWCNTs) and double wall 

CNTs (DWCNTs). Electrical conductivity 

measuerements as a function of amount of CNTs 

dispersed on PEEK before and after annealing are 

discussed at the end.      

 

3 Experimental  

To get a better understanding of the self-dispersion 

process of CNT, we use transmission electron 

microscopy and Raman multi-spectral imaging. 

While transmission electron microscopy turns out to 

be limited when observing small diameter nanotubes 

in a polymer matrix, Raman spectroscopy can be 

used to monitor the tube dispersion at different 

scales (> 1 micrometer). Raman spectroscopy gives 

access to the vibrational mode such as the in plane 

out phase vibrational band of neighbouring atoms in 

carbon nanotubes located at 1600 cm
-1

 (G-band), a 

defect induced breathing mode at around 1350 cm
-1

 

(D-band) and a less intense band at 1100 cm
-1

 (P-

band) from PEEK. The intensity of the P-band is 

proportional to the crystallinity of the polymer. The 

D-band band position depends on excitation energy 

and shifts by 50cm
-1

/eV. From the shifts of the G 

band one can deduce strain in the carbon nanotubes 

and charge transfer or the doping level of the tubes 

(5). From the D band one obtains information about 

the number of defects or the crystallinity of the tubes. 

The high absorption of the illuminating laser when 

performing Raman spectroscopy by the nanotubes 

can lead to local temperature changes. This can be 

verified by comparing Stokes and Anti-Stokes 

spectra allowing determining the local temperature. 

Far from the electronic resonances the intensity of 

the band is proportional to the amount of CNTs 

sensed by the focal spot. The amorphous phase and 

luminescence give rise to a wide background signal. 

We record Raman maps by varying the step size 

between 1-10 micrometers to record the uniformity 

of the tube dispersion at different length scales. 

Double wall carbon nanotubes (DWCNTs) are 

particularly interesting when using Raman 

spectroscopy. For DWCNTs one can separate strain 

and charge induced spectral shifts and study doping 

effects (6). 

 The dispersion experiments were carried out 

at identical conditions. Solutions of known amount 

of DWCNTs in NMP were dropped on a PEEK 

sheet (4, 8 and 12 drops were 1drop: 0.4 10
-6

g of 

DWCNTs) supplied by Victrex Technology Center, 

UK. The samples were heated in Argon. Argon was 

pumped through the oven (size: 1m x 2.5cm) for 90 

minutes (Argon flux = 0,16 L/min) to avoid 

oxidation of the samples. The samples were 

annealed above the glass transition temperature of 
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the thermoplastic polymer (at 390°C) for 15 minutes 

(Figure 2). We have used MWCNTs from Arkema 

(Graphistrength C100) and DWCNTs from 

CIRIMAT, Institut Carnot, University of Toulouse 

as received. For TEM measurements all samples 

were placed in an epoxy matrix and cross sections 

were cut with ultra microtom equipped with a 

diamond knife in 100 nm thick slices. The slices 

were placed on Cu grids with a holly carbon film. 

TEM experiments were carried out on a 

transmission electron microscope Philips CM20 

with an accelerating voltage 120kV. For Raman 

measurements we used the same samples in the 

epoxy matrix. Raman spectra were measured on an 

Xplora Horiba spectrometer using the 785nm 

excitation wavelength to reduce luminescence. 

Electrical measurements were performed using an 

electrometer from Keithley (model 6517B/E) and 

depositing two silver electrodes at a distance of 12 

mm.  

 

4 Discussion  

Figure 3 shows SEM images of MWCNT powders 

before and after annealing. Before annealing the 

agglomerated tubes can be seen on the PEEK 

powder while after annealing the tubes are 

incorporated in the polymer and the surface is more 

uniform. Variations of the surface roughness are 

seen on the left and right side in the figure after 

annealing. This clearly shows that PEEK is wetting 

the CNTs after annealing. Figure 4 shows a SEM 

image of the PEEK surface after annealing showing 

the non uniformity at the surface at the scale of 

several micrometers. Annealing has the effect of 

increasing the crystallinity. To assess the structure 

and morphology of composite materials we use 

TEM and Raman spectroscopy. TEM micrographs 

provide a detailed view over several micrometers 

regions (Figure 5). At this scale MWNTs appear to 

be well-dispersed in the PEEK matrix. We also 

observe that the CNTs align along the interface of 

the composite layer and the bulk PEEK. Interesting a 

clear interface is formed between the composite and 

bulk PEEK. This suggests that PEEK is diffusing in 

the CNT agglomerate and the diffusion of the CNTs 

is negligible. In figure 6 we can see the carbon holly 

film with PEEK and the MWCNT/PEEK diffusion 

layer. We estimate the thickness of the diffusion 

layer to be between 2.5-3 µm from the TEM image. 

When using DWCNTs it is much harder to make out 

the tubes due to their small diameter (~3 nm) 

compared to the structural fluctuations of the 

polymer (figure 7). Only the catalytic particles used 

for growing the DWCNTs can be seen in the TEM 

images. One can see that the catalytic particles are 

not dispersed in the composite layer. This shows 

indirectly the importance of PEEK interacting with 

the tubes and enhanced diffusion on the tube surface. 

No conclusion about the thickness of the diffusion 

layer can be made from TEM images. To estimate 

the thickness and homogeneity of the diffusion layer 

we use Raman spectroscopy as a complimentary 

technique to TEM. 
 Raman imaging was performed on polished 

surfaces of the composite. Figure 8 shows an 

example of a typical Raman spectrum obtained for 

PEEK+MW (a) and DW (b) CNT composites. The 

G (~1582cm-1) band is the zone centre Raman 

allowed mode corresponding to a stretching 

vibration of the two atoms in the unit cell of 

graphene.  The D (~1350cm
-1

) and D’(~1620cm
-1

, 

weak intensity) bands are due to one phonon and 

two phonon defect assisted scattering. The 

vibrational mode of the D band corresponds to the 

out of phase breathing mode of neighbouring 

hexagons in the graphene lattice. The exact position 

of the D band depends on excitation wavelength and 

is the consequence of the linear electronic dispersion 

at the Dirac point (K point) and the double 

resonance scattering process taking place (7). That 

means, in plane LO and LA phonons, degenerated at 

the K point couple strongly to electronic states at the 

K point of the unit cell in reciprocal space. The line 

shape of the D band depends on the exact type of 

defects in the tubes and is not well established. In 

figure 8 one can see differences in relative intensity 

and spectral line width for the spectra of DWCNTs 

and MWCNTs. For MWCNTs the D band is more 

intense and both bands are broader. For DWCNTs 

the G band is more intense and the bands are 

narrower. This means the DWs contain less defects. 

This is mostly because the MWCNTs are produced 

at industrial scale while the DWCNTs are produced 

at smaller laboratory scale. We recorded spectra 

along a line of 12 µm, in steps of 0.02 µm across the 

diffusion layer to analyze its homogeneity. Figure 9 

shows an optical image of the diffusion layer of 

MWCNT in PEEK and we see the results of the 

Raman spectral line scan. The Raman spectra are 
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plotted in horizontal direction and the intensity 

corresponds to the color in the image. The two lines 

seen in the diffusion layer correspond to the Raman 

D and G band. The uniform intensity of the G band 

across the composite layer shows that the tubes are 

homogeneously dispersed in the polymer matrix. 

This demonstrates that polymer diffusion and 

anisotropic heat absorption has the effect to disperse 

the tubes and lead to homogeneous dispersions from 

highly agglomerated tubes. The thickness of the 

diffusion layer can be estimated to be 2.5-3 µm. This 

is coherent with what we observe in the transmission 

electron microscope (Fig. 6). We notice that the 

Raman background signal is larger where there are 

no CNTs. The background signal is due to 

broadband luminescence in PEEK and epoxy and 

from amorphous carbon in the CNT sample. The fact 

that the luminescence signal drops in the composite 

layer indicates that photo excited charge carriers are 

efficiently quenched by the presence of the CNT 

network. This shows that we can use Raman 

spectroscopy to estimate the thickness and 

uniformity of the diffusion layer of MWCNT in 

PEEK. Figure 10 shows a similar Raman line scan 

when DWCNTs were dispersed in PEEK. For 

DWCNTs the G band is more intense and the D 

band is less uniform. From the uniform G band 

intensity across the layer we conclude that DWCNTs 

are homogeneously dispersed within the spot size of 

optical objective (NA 0.9) and deduce a thickness of 

the diffusion layer (1-1,5µm). The defect induced D 

band intensity is less intense in the middle of the 

layer. It is not clear why there are more defects near 

the two interfaces. It could be that the tubes are more 

constrained near the surface. Its origin is not clear 

and needs further investigation. We notice that the 

thickness of the composite layer is smaller than we 

have earlier observed (1) which we attribute to the 

fact that we have used smaller amounts of 

agglomerated tubes on the surface of the PEEK 

sheet. Furthermore the G band extends further in the 

bulk of PEEK suggesting that a smaller amount of 

DWNTs with less defects are incorporated deeper 

into the bulk.   

 Electrical measurements were performed as 

a function of the number of droplets of DWCNTs in 

NMP evaporated on a given surface and before and 

after annealing (3.5 mg/m
2
 droplet). The annealing 

had the effect that the electrical conductivity 

increased by one or two orderes of magnitude. This 

shows that the annealing process increased the 

number of conducting paths. This means annealing 

has the effect spreading larger agglomerates and 

increasing the amount of smaller agglomerates 

multiplying the number of connecting paths. When 

increasing the number of droplets of the NMP 

carbon nanotube solution on the PEEK surface the 

resistivity did not necessarly increase before 

annealing. It is found that the drying process of the 

droplets is not reproducible and leads to non uniform 

behavior when increasing the number of droplets 

and the tubes are in an agglomerated state. The 

conductivity increased by a factor of 20 when 

depositing a few droplets after annealing and to 150 

times for 10-12 droplets. This shows that the 

conductivity increased with the amount of nanotubes 

deposited. The electrical conductivity is estimated, 

to vary between 0.04 S/cm and 1.20 S/cm for fields 

smaller than 10 V/cm when taking into account the 

thickness of the composite layer. Due to the non 

uniform deposition of the nanotubes, the dispersion 

is not uniform at scales of several 100 micrometers 

leading to variable thickness of the composite 

surface layer making it difficult to determine the 

electrical conductivity acurately. The conductivity is 

found to be linear up to a field of 10 V/cm and the 

current saturates reversibly for higher fields. 

Possibly junctions heat up at points where tubes are 

in contact having the effect of reducting the 

conductivity. But it is more likely that the current is 

limited because of increased electron scattering and 

phonon emission and backlog of acoustic phonons 

(8).  

 

5 Conclusion 

We have shown using SEM that PEEK is wetting 

CNTs powders. This is qualitatively explained by 

the presence of oxygen groups interacting with the 

CNT surface. Using TEM and Raman spectral 

imaging we show that a uniform composite layer 

and a clear interface is formed between the 

composite layer and the bulk. The formation of a 

interface between the composite layer and the bulk 

indicates that the polymer is diffusing into the CNT 

agglomerates. The formation of vacancies and very 

different optical and diffusion properties of the 

CNTs and the polymer is believed to have the effect 

to increasing diffusion in the proximity of CNTs and 

to separate the tubes leading to a homogeneous 
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dispersion. The fact that PEEK has a high melting 

temperature can be used to take advantage of 

diffusion of PEEK to separate the tubes. Self-

diffusion of CNTs in PEEK can be understood to be 

the consequence of enhanced diffusion in the 

vicinity of the tubes due to higher optical absorption 

of CNTs and preferential diffusion along the tubes 

of PEEK polymer molecules. The thickness of the 

composite layer has been determined by cross 

sectional TEM for a MWCNT/PEEK surface layer. 

While TEM from DWCNTs in PEEK is challenging 

due to their small diameter, Raman imaging has 

been able to map the uniform distribution of the 

CNTs across the layer and it was possible to 

estimate the thickness of the composite layer. 

Electronic transport measurements show that 

annealing increases the conductivity by one to two 

orders of magnitude depending on the number of 

tubes deposited on the surface. The high electrical 

conductivity of 1 S/cm measured and the simplicity 

of the used dispersion process demonstrates much 

promise for using CNT/PEEK composites for electro 

static materials in fuel lines, filters, pumps and tanks, 

coatings, packaging and electromagnetic shielding.          
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Fig. 1 Polyether ether ketone (PEEK) molecule.  

 

 
 
Fig. 2 Schematic presentation of sample preparation: 
agglomerated CNTs are dispersed on PEEK sheet and 

annealed in argon atmosphere. 

 

 

 
 
Fig. 3 SEM images of PEEK film with MW CNTs: a) 

before annealing MWCNTs on the surface of PEEK, b) 

after annealing PEEK is wetting MWCNTs.   
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Fig. 4 SEM image of PEEK surface showing variations in 

the uniformity at the micrometer scale.   

 

 
 
Fig. 5 TEM image of MWCNT/PEEK composite. 15 

minute annealing at 390°C of agglomerated CNTs on 

surface of PEEK. MWCNTs tend to be oriented parallel 

to the interface  
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Fig. 6 TEM image of MWCNT/PEEK cross sectional 

slice of the composite layer after annealing at 390°C for 

15 minutes of agglomerated CNTs on the surface of a 

sheet of PEEK.  

 

 
 

Fig. 7 TEM image of DWCNT/PEEK composite. 15 

minute annealing at 390°C of agglomerated CNTs on 

surface of PEEK. 
 

 

 
 

Fig. 8 Typical Raman spectra with D and G bands 

obtained for a) PEEK + MWCNT composite, b) PEEK + 

DWCNT composite. The D band at 1300cm
-1

 is more 

intense the G band for MWCNTs while the opposite is 

observed for DWCNTs. The line width of the G band is 

narrower for DWNTs compared to MWCNTs.  
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Fig. 9 a) Optical image of diffusion layer of 

MWCNT/PEEK composite layer, b) Raman spectral line 

across the diffusion layer: the intensity and line width of 

G and D bands are uniform across the layer and the 

background signal due to luminescence is reduced in the 

composite layer.  

 
 

 
 

Fig. 10 a) Optical image of diffusion layer of 

DWCNT/PEEK composite b) Raman line across the 

diffusion layer: the intensity and line width of G bands are 

uniform across the layer. The D band is more intense near 

the two interfaces.  
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1 Introduction 

Carbon fibres are primarily used in lightweight 

structures because of their excellent mechanical 

properties. More and more, the known electrical 

properties of carbon fibres become of interest for 

smart composites [1]. 

For the following investigation electric isolated ex-

PAN carbon fibre rovings (Toray T300B 1K) are 

used as piezoresistive embedded sensors. In previous 

papers it has been shown that these carbon fibre 

sensors (CFS) can be used as strain sensors [2, 3]. 

The objective of this paper is the monitoring of 

microcracks in continuous fibre reinforced plastics. 

Based on experimental results a fundamental study 

is performed using analytical and numerical 

simulation methods. 

CFS applied to composite pressure vessels are 

investigated to verify their usability as monitoring 

sensors. 

 

2 Experimental Characterization 

Carbon fibres are used as sensor elements. The 

piezoresistivity, the influence of a single crack and 

multicracking are investigated in tension tests. 

All tests are carried out using specimens made of 

unidirectional glass fibre reinforced laminates 

(GFRP) to avoid a short circuit with the embedded 

CFS. The GFRP specimens are made of the 

HexPly NVE 913/28%/192/EC9756 or EC9673 

prepreg system. Both contain the same resin system 

and glass fibres with similar mechanical properties. 

Consequently, there are no differences between 

these two prepreg systems in the following 

experiments and simulations. The laminates are 

cured by means of a vacuum bag and a hot press for 

1.5 hours at 120°C and 7 bar. 

The change of electrical resistance of the CFS is 

measured by means of Wheatstone half bridges. 

Unloaded specimens of the same kind with CFS, 

positioned next to the loaded specimens, enable 

compensation of temperature effects. The CFS 

endings are metal-coated to provide an electrical 

connection to the half bridge circuits. The feeding 

voltage of the amplifier (HBM MGCplus 

ML801/AP815i and Spider 8-30) is 1.0 and 2.5 V. 

 

2.1 Carbon fibre as sensor element 

In [2] it has been shown, that the piezoresistivity of 

the CFS can be described by the following equation: 

  



  k

d

R

dR
21

0

,
 

(1) 

k strain sensitivity, 

R0 initial electrical resistance, 

dR change of the electrical resistance, 

 strain, 

v Poisson ratio, 

ρ specific electrical resistance. 

 

For the experimental characterization, specific 

tension specimens of GFRP laminates with 

embedded CFS [2] are used. For specimen type #1 

(Fig. 1) the CFS is embedded in an area of constant 

extensional stiffness resulting in homogeneous strain 

level subjected to tension load. This specimen is 

used to determine the strain sensitivity k for different 

specimen layups. 

Due to the fact that the metal-coated endings of the 

CFS are possibly damaged at strain levels higher 
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than 2.500 µm/m, the specimen type #2 (Fig 2) 

provides a load relieving area A. The metal-coated 

endings are positioned in this load relieving area A, 

where extended tabs with additional reinforcements 

are placed. These tabs relieve the strain level at the 

area A compared to the strain level at the testing 

area B. Therefore specimen type #2 (Fig 2) is used 

for investigations of the sensor behaviour at higher 

strain levels. All CFS are embedded in a single 0° 

layer at the symmetry plane of the specimens. 

The CFS measure the strain along the total sensor 

length. The integral strain measurement can be 

defined by: 

 


l

dxx
l

k

R

R

00

 ,
 

(2) 

l fibre length, 

R0 initial electrical resistance, 

ΔR change of the electrical resistance, 

x fibre direction. 

 

Therefore the change of resistance of sensor fibres 

along m areas with different extensional stiffnesses 

can be described by: 
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(3) 

l fibre length, 

m number of areas with different extensional 

stiffnesses. 

 

With the aid of equation (2) and εj = ( F / Cj ) the 

electrical resistance of a CFS embedded along 

the areas with different extensional stiffnesses Cj can 

be calculated by: 
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(4) 

F tension force, 

Cj extensional stiffness of area j. 

 

For the specimen type #2 equation (4) results in: 
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(5) 

( )A load relieving area, 

( )B testing area, 

lA CFS length in area A, 

lB CFS length in area B, 

lCFS total CFS length. 

 

2.2 Test series 

Static and cycling tension tests are performed with a 

constant testing speed of 0.6 to 7.0 mm/min. For the 

cycling tests each specimen is loaded five times at 

each load level. After this the load level is increased. 

For each specimen 5 to 10 steps are applied ranging 

from 10 % to 80 % of the ultimate tension load. 

Tab. 1 specifies the dimensions of the used tensile 

specimens. 

 

2.2.1 Piezoresistivity 

Two tension tests are performed, one at low strain 

levels with specimen type #1 and one at high strain 

levels with specimen type #2. The layup of 

unidirectional layers [0]8 used in the specimens 

enables the investigation of the CFS behaviour 

without the influence of any cracks. 

Fig. 3 shows the change of resistance ΔR/R of the 

embedded CFS in specimen type #1 with the strain 

level ε (measured by strain gauge). In total, there are 

nine CFS in three specimens tested. The specimens 

are loaded and unloaded five times up to a strain 

level of 1 070 µm/m. The determined strain 

sensitivity k has an arithmetic average of 1,727 with 

a standard deviation of 0,014. 

The tests at strain levels higher than 2 500 µm/m 

with the specimen type #2 show a linear 

piezoresistivity up to the strain level of 8 000 µm/m 

(Fig. 4). This linear behaviour up to high strain 

levels is a basic prerequisite to use CFS as a strain 

sensor and for crack monitoring. 

 

2.2.2 Single crack 

For crack monitoring by means of CFS it is essential 

to know the influence of a single crack on the CFS 

signal. For this purpose, a specific specimen is 

developed with a similar concept to TCT-specimens 

(transverse crack tension) and to the specimen 

type #2 (Fig. 5). The layup is [0/0*5/0/0*5/0] at the 

testing area and the CFS are embedded in the 
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symmetry plane. The layers, which are termed “0*”, 

are cut through all at the same place. 

In the beginning of the test, both ends of the cut 

layers are bonded together by resin. At an average 

stress of 93.1 MPa this bonding fails and a single 

crack is formed. An average change of 122 µΩ/Ω at 

ΔR/R = 3 300 µΩ/Ω is detected for the embedded 

CFS. Fig. 6 shows exemplarily for one specimen the 

crack initiation at the stress level of 91.3 MPa and 

the change of 138 µΩ/Ω at 134 MPa. No influence 

of the presence of CFS on the stress level resulting 

in the crack initiation could be observed. Fig. 7 

shows the behaviour of one CFS in a cycling test 

with increasing stress levels. The global strain is 

measured by an extensometer, which is positioned in 

an area not influenced by the crack. The influence of 

the crack on the CFS signal increases with 

increasing stress level. The presence of the single 

crack leads at a stress level of 178 MPa to a change 

of 350 µΩ/Ω at ΔR/R = 5 000 µΩ/Ω. 

At strain levels measured by the extensometer higher 

than 4 000 µm/m, disproportionately high changes 

of resistance are measured at the load cycle with a 

maximum stress level of 223 MPa. Fractures of 

filaments of the CFS near the tip of the single crack 

could be verified by means of microscopic 

inspection. 

 

2.2.3 Multicracking 

The influence of microcracks on the CFS-signal is 

investigated by means of transverse cracks in 90° 

layers subjected by tension load. Therefore two 

different laminates consisting of 0° and 90° layers 

([0/905/0/905/0] and [902/0/902]) are used to analyse 

multicracking in static and cycling tension test. The 

load is increased until transverse cracks in the 90° 

layers are initiated and the crack density reaches a 

constant value. The crack density, the resulting 

stiffness loss of the specimen, the sensor signal and 

the acoustic emission energy are used for 

characterization. The crack density is determined by 

light transmission and by counting the number of 

cracks in the specimens (Fig. 8). 

At the time the first transverse cracks are initiated 

and become visible at the laminate [0/905/0/905/0], 

the first significant acoustic emissions (AE) are 

detected, the strain signal of the strain gauge and the 

resistance of the CFS increase (Fig. 9 and 10). High 

signal levels up to 40 000 µΩ/Ω are measured by the 

CFS at a crack density of 1.0 mm
-1

. Fig. 9 indicates 

that the CFS signal correlates to the increasing crack 

density. 

The AE signals are recorded using four wide band 

SE-sensors with a band-pass filter ranging from 

20 kHz to 1 MHz, an acquisition rate of 10 MS/s and 

a 20 or 40 dB preamplification. The signals are 

detected with a threshold based triggering. More 

details of the experimental setup, the used pattern 

recognition and results can be found in [4, 5]. 

Tab. 2 summarizes the pattern recognition results of 

GFRP specimens [0/905/0/905/0] for static and 

cycling tension tests. The AE-onset takes place at 

the same stress level for specimens with and without 

embedded CFS. The analyses of the AE signals by 

pattern recognition allow the relation of acoustic 

emission energies to different failures. 

The biggest energy fraction can be attributed to 

matrix cracking, which can be verified by means of 

microscopic inspection of transverse cracks in the 

90° layers (Fig. 11). Another major energy fraction 

relates to interface failure, which appears at 

transverse cracks as well. A significantly smaller 

energy fraction belongs to acoustic emissions which 

are correlated to single fibre breaking.  

Fig. 11 shows a micrograph for the GFRP specimen 

[0/905/0/905/0] after static tension test with a 

maximum stress of 215 MPa. In the symmetry plane 

the embedded CFS is visible and the transverse 

cracks in the 90° layers are identifiable. In addition, 

fractures of single filaments of the CFS at two 

transverse crack tips are visible. 

The test procedure is repeated with the laminate 

[902/0/902]. Using this layup, the transverse cracks 

initiated in the 90° layers are lying outside. In 

summary the same behaviour of the CFS can be 

observed at crack initiations and at increasing crack 

density. Furthermore fractured filaments of the CFS 

at the crack tips are observed at specimen, which are 

loaded to 80 % of their ultimate tension strength. 

 

3 Simulation of the interaction between 

microcracks and the CFS 

Shear-Lag-Analysis [6, 7] and a detailed finite 

element modelling are applied to simulate the global 

stiffness loss of the laminate and the local effects 

near to the crack tip on the CFS. 

For all simulations it is assumed that the transverse 

cracks extend over the total width and the total 
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thickness of the 90° plies. The path of these cracks is 

perpendicular to the adjacent 0° plies and parallel to 

the yz-plane. The distance between adjacent cracks 

is constant and the crack surfaces are stress free. 

Fig. 12 shows a typical 0°/90° laminate with these 

assumptions. The crack distance is described by the 

parameter a. 

 

3.1 Shear-Lag-Analysis 

One possibility to investigate transverse cracks in 

laminates is provided by the analytical approach of 

Shear-Lag-Analysis. In this paper, the one 

dimensional analysis of Garret and Bailey [6] and its 

refinement by Nairn et al. [7] are used. In laminates 

[0/90n/0] (Fig. 12) the load in the cracked 90° plies 

is transferred to the adjacent undamaged 0° plies. 

The additional stress Δσ(x) transferred from the 90° 

plies to the 0° plies is given by [7]: 
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 , 

x distance from the crack, 

εc strain at the undamaged laminate, 

E Young’s modulus, 

G shear modulus, 

t thickness, 

a distance between two adjacent cracks, 

( )c composite (entire ply group), 

( )90° 90° ply group, 

( )0° 0° ply group. 

 

The additional stress in the load-bearing 0° plies 

results in an increase of local strain and in a global 

stiffness loss of the laminate. The strain ε0°(x) at the 

0° plies can be calculated by Equation (6) and 

ε0°(x) = (Δσ(x)+σ0°,c)/E0°. 

σ0°,c and εc are the stress and strain of the 0° plies in 

the zone in which there is no influence of any 

transverse cracks. Fig. 13 shows the calculated strain 

ratio ε0°(x)/εc as a function of the distance from the 

crack (variable x) and the thickness of the 90° plies 

(2 t90°). Tab. 3 specifies the employed material 

constants. 

The global stiffness reduction depends on the crack 

density δ and can be expressed by: 
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δ crack density. 

 

3.2 Numerical analysis 

Finite element method (FEM) is used to investigate 

the strain distribution in the presence of transverse 

cracks. The effect of increasing crack density on the 

stiffness reduction and on the signal of the 

embedded carbon fibre sensor is analysed. In [8] 2D 

and 3D analyses were compared. The results showed 

no significant differences. In this paper, 2D models 

in generalized plane stress are used for the numerical 

analysis. 

Due to symmetry the investigation is performed with 

quarter elementary cells (Fig. 14). The 

displacements of the nodes of all 0° layers at the 

position x = 0 are fixed. The tension load Fc is 

applied by equal displacements at all nodes with 

x = a/2. Tab. 4 specifies the material properties for 

the numerical analysis. 

Fig. 15 shows the strain distribution of the 0° layer 

for the laminate [0/905/0/905/0] with the embedded 

CFS as a function of the distance x from the 

transverse cracks. The analysis is performed having 

the transverse cracks in the two 90° ply groups on 

opposite sides. ε(x)0°, CFS, is defined as the strain of 

the elements of the 0° ply, while ε(x)0°, CFS, interface is 

the strain of the elements of the 0° ply including the 

interface to the adjacent 90° ply. Due to the integral 

strain measurement method the CFS measures this 

strain distribution and the global stiffness loss along 

its fibre length. 

The maximum local strain levels at the crack tips are 

ε(x)0°, CFS =0.0181 and ε(x)0°, CFS, interface =0.0205 at an 

applied strain of εc = 0.008. These strain levels are 

above the ultimate strain εultimate =0.015 of the Toray 

T300B carbon fibres used in the CFS. 

The effects of increasing crack density are 

investigated by a variable length a/2 of the quarter 

elementary cells. Fig. 16 shows the stiffness 

reduction depending on the crack density. The 
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stiffness reduction is determined by Shear-Lag-

Analysis and FEM. Moreover, the theoretical 

maximum stiffness reduction Ered(max) is calculated, 

which assumes a stiffness of zero for the 90° ply 

groups. The difference of 8.4% between the results 

of the Shear-Lag-Analysis and the results of the 

FEM can be explained by the simplifications applied 

for the one dimensional analysis. 

Nevertheless, the similar curves of the stiffness 

reductions as a function of transverse crack density 

allow the use of an approximate function based on 

Equation (7), where the laminate parameters are 

substituted by two parameters α and β: 

 
1

tanh1




























c

c

E

E
,
 (8) 

α, β laminate-dependent parameters. 

 

Using the example of the laminate [0/905/0/905/0] in 

Fig. 14 the laminate parameters α = 0.71 β = 1.544 

are determined by means of least-squares method 

(Fig 16). 

 

3.3 Fracture mechanic analysis 

The fundamental approach of fracture mechanics [9] 

is used to analyse transverse cracks in fibre-

reinforced plastics by: 

dA

d
G


 , (9) 

G energy release rate, 

Π potential energy., 

A crack area. 

 

Transverse cracks develop in laminates when the 

energy release rate Gm reaches the critical value, the 

so-called critical energy release rate Gmc [7, 10]. 

Cycling tension tests with increasing load levels are 

typically applied for the characterization of fracture 

mechanic properties of composites [11]. The 

procedure applied in the present paper is illustrated 

by Fig. 17. The specimens are loaded and unloaded 

five times at each load level. At each load level i the 

fifth cycle is transferred to a load-displacement 

diagram. 

The energy release rate of cycling loads ΔGm can be 

calculated with Πi,i+1 as released strain energy, 

which is described by the area of the load-

displacement diagram (Fig. 17): 

 

1,

11

1,

1,
1,;

2

1
















ii

iiii

ii

ii
iim

A

FsFs

A
G , (10) 

ΔG energy release rate for cycling loads, 

si maximum displacement of cycling load level i, 

Fi maximum force of cycling load level i. 

 

The released strain energy is calculated by the 

change of the electrical resistance of CFS using the 

load cycle i and i+1. Thus the energy release rate is 

calculated by: 
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,

 
Gm energy release rate for transverse cracks, 

Fi maximum load of cycle i. 

 

Using this calculation the sensor monitors the stable 

crack growth. 

 

4 Comparison of experimental and simulated 

results 

The experimental and numerical investigations 

described above have shown that the CFS measure 

the stiffness reduction caused by the increasing 

crack density of the laminates (Fig. 18 and 19). 

Fig. 18 shows a comparison of experimental results 

of cycling loads and calculations for the laminate 

[0/905/0/905/0] (specimen G5). At the load cycle 

with the maximum stress of 123 MPa the differences 

between the measured (“test data”) and the 

calculated CFS signals (“Shear-Lag-Analysis”, 

“FEM”) is less than 10 %. This coincides with the 

negligible AE-signals (no crack initiation). During 

the next load cycle with the maximum stress of 

154 MPa, the crack density δ increased up to 

0.68 mm
-1

. The crack formations result in a 

significant stiffness loss of 35 %, which becomes 

apparent in the calculated and measured change of 

CFS-signals of 2 500 µΩ/Ω. At the latter load cycles 
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with increasing stresses, the calculated maximum 

stiffness loss is reached. Further increasing strain 

levels at the crack tip > 1500 µm/m (Fig. 15) can 

cause damage of single filaments of the CFS 

(Fig. 11) resulting in high signal levels. 

Fig. 19 shows the same comparison for static loads 

(specimen G6). Again the stiffness loss is measured 

by the means of CFS which is confirmed by the 

analysis. At higher crack density of 0.66 mm
-1

 and a 

stress level above 148 MPa the cracks cause 

disproportionate CFS-signals. 

The calculated energy release rate [7] is compared 

with the test results (Fig. 20). Equation (8) with the 

laminate-dependent parameters α = 2.3 and β = 0.68 

are used to calculate the energy release rate by 

means of [7]. The accurate determination of the 

crack density at low stress levels is difficult and 

leads to a major difference between measured and 

calculated curves at the crack density of 0.03 mm
-1

. 

Despite this, the curves are similar up to the crack 

density of 0.43 mm
-1

. 

Fig. 21 shows the summation of the released energy 

per crack area measured for the single load cycles. 

The single curve progressions are similar up to the 

load level at which a crack density of 0.43 mm
-1

 is 

reached, and damage of the CFS occurs. Thus it 

became apparent that this way of monitoring crack 

afflicted laminates is possible. 

 

5 Applications 

The industrial application of CFS as monitoring 

sensors is investigated for composite pressure 

vessels. Static and cycling loadings are applied up to 

pressure levels of 700 bar, for pressure vessel 

types 2 (metal liner with circumferential fibre 

reinforcement) and 3 (metal liner with axial and 

circumferential fibre reinforcement). 

The sensors, CFS and strain gauges (HBM LI66), 

are embedded during the winding process of the 

vessel type 2 (Fig. 22). For cycling loads the 

pressure rises from 15 bar up to 495 bar and 

afterwards is released to 15 bar (Fig. 23). At each 

hundredth load cycle, measurements of 14 load 

cycles are performed. Fig. 23 shows the arithmetic 

mean of the measured differences of the minimum 

and maximum signals at these 14 load cycles. At a 

constant pressure level and circumferential strain of 

2 177 µm/m, a constant change of electrical 

resistance of 3 667 µΩ/Ω at the CFS is measured. 

No cracks are observed nor are any irregularities 

detected at the measured signals. 

Fig. 24 shows test results of a pressure vessel 

(type 3) with CFS and strain gauges. The sensors are 

applied on the surface of the vessel. The loading test 

is performed as an autofrettage process with the 

maximum pressure level of 700 bar. Above the 

pressure level of 314.8 bar are deviations of the 

measured signals of CFS and the strain gauges 

visible. These deviations up to 50 µΩ/Ω bar are 

more easily observed as the first derivatives of the 

CFS and strain gauge signals (Fig. 25). As is usually 

the case for vessels type 3 during an autofrettage 

process, these deviations can be caused by 

transverse crack initiations in the axial fibre 

reinforcements. 

 

6 Conclusions 

In this paper carbon fibres are used as sensors for 

strain measurements and crack monitoring. A good 

correlation between the signal of embedded CFS and 

the transverse crack density is found to describe the 

stiffness reduction and the energy release rate. The 

investigation is performed on specimens and 

pressure vessels. Experimental as well as analytical 

and numerical analyses are performed. It has been 

shown that a signal change of 1171 µΩ/Ω correlates 

with an energy release rate of 1198 J/m
2
. Due to the 

integral strain measurement method of the CFS the 

monitoring of the crack density is possible. 

When the local strain level at the crack tips exceeds 

the ultimate strain of the filaments, the fractured 

filaments result in disproportionate CFS-signals. 

Fracture mechanic analysis is applied to characterize 

transverse cracks and the damage propagation in the 

laminates. It is shown that strain measurements and 

crack monitoring are possible by means of CFS, to 

ensure safe operations of composite structures over 

their life time. 
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Fig. 1. Specimen type #1. 

 

 

 
Fig. 2. Specimen type #2. 
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Specimen type #1 #2 #2 #2 #2 

W [mm] 40 40 40 40 33 

L [mm] 280 280 280 280 200 

lCFS [mm] 160 160 110 160 110 

lA/2 [mm] - 50 35 50 17.5 

lB [mm] 160 60 40 60 75 

Layup [08] [08] [08]* [0/905/0/905/0] [902/0/902] 

Number of CFS 

per specimen 
3 3 3 3 2 

 

Tab. 1. Specifications of tensile specimens 
(*: with cut layers). 

 

 

 
Fig. 3. Tension test of GFRP specimen [08] 

with embedded CFS and specimen type #1. 

 

 

 
Fig. 4. Tension test of GFRP specimen [08] 

with embedded CFS and specimen type #2. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 5. GFRP specimen [0/0*5/0/0*5/0] with 

strain gauge and three embedded CFS 

(0*: cut layers, single crack). 
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Fig. 6. Tension test of GFRP specimen 

[0/0*5/0/0*5/0] at a stress of 134 MPa 

(0*: cut layers, single crack). 

 

 

 
Fig. 7. Tension test with increasing stress level 

of GFRP specimen [0/0*5/0/0*5/0] 

(0*: cut layers, single crack). 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 8. GFRP specimen [902/0/902] with 

strain gauge and two embedded CFS. 

 
Fig. 9. Static tension test of GFRP specimen 

[0/905/0/905/0] (specimen G6). 

 

 

 
Fig. 10. Cycling tension test of GFRP 

specimen [0/905/0/905/0] (specimen G5). 

 

 
Tension test static  cycling 

Specimen G1 G2 G6 G3 G4 G5 

Number of CFS 0 0 3 0 0 3 

AE-onset at the 

stress level [MPa] 
122 123 123 120 122 125 

Energy fraction 

matrix cracking [%] 
86.8 94.1 67.5 80.5 89.3 82.7 

Energy fraction 

interface failure [%] 
12.9 5.1 31.6 19.3 10.5 16.7 

Energy fraction  
fibre breakage [%] 

0.3 0.0 0.9 0.2 0.2 0.6 

 

Tab. 2. Pattern recognition results of GFRP 

specimen [0/905/0/905/0] in tension tests. 
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CARBON FIBRE SENSOR FOR CRACK MONITORING OF 

COMPOSITE MATERIALS   

 
Fig. 11. Micrograph for the GFRP specimen 

[0/905/0/905/0] after static tension test with the 

maximum stress of 215 MPa. 

 

 

 
 

Fig. 12. 0°/90° laminate with transverse cracks. 

 

 

E90° [MPa] 16.500 

E0° [MPa] 43.500 

Gzx,90° [MPa] 3.500 

t0° [mm] 0.125 

 

Tab. 3. Material constants of the GFRP laminate 

used for the Shear-Lag-Analysis. 

 

 

 
 

Fig. 13. Influence of the distance from the crack 

(variable x) and the thickness of the 90° plies (2 t90°) 

on the strain ratio ε0°(x)/εc (crack distance a =∞). 

 

 

 
Fig. 14. 0°/90° laminate with embedded CFS in the 

symmetry 0° ply (0°, CFS), transverse cracks and 

the quarter model. 

 

 

 

Layer 

(90°) 

90° GFRP 

(0°); (0°,a) 

0° GFRP 

(0°, CFS) 

0° GFRP with CFS 

Ex [MPa] 16 500 43 500 44 250 

Ez [MPa] 16 500 16 500 14 500 

Gxz [MPa] 3 500 4 500 4 500 

Gyz [MPa] 4 500 3 500 3 500 

νxz 0.35 0.274 0.274 

νyz 0.274 0.35 0.35 

 

Tab. 4 Material properties for FEM. 

1x 0 layer

with CFS

5x 90 layer

5x 90 layer

1x 0 layer

1x 0 layer
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Fig. 15. Strain of the embedded carbon fibre sensor 

determined by FEM. 

 

 

 
Fig. 16. Stiffness reduction depending on the crack 

density, determined by Shear-Lag-Analysis and 

FEM for GFRP [0/905/0/905/0] with CFS. 

 

 

 
Fig. 17. Cycling tension test with increasing load 

levels. 

 

 

 

 

 
Fig. 18. Comparison of experimental results of 

cycling loads and calculation for the laminate 

[0/905/0/905/0] (specimen G5). 
 

 

 
Fig. 19. Comparison of experimental results of static 

loads and calculation for the laminate [0/905/0/905/0] 

(specimen G6). 
 

 

 
Fig. 20. Comparison of energy release rate 

depending on the crack density of the laminate 

[905/0/905]. 
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CARBON FIBRE SENSOR FOR CRACK MONITORING OF 

COMPOSITE MATERIALS   

 
Fig. 21. Summation of the released energy per crack 

area depending on the crack density of the laminate 

[905/0/905]. 

 

 

 
Fig. 22. Embedding of the CFS and the strain gauge 

during the winding process of a vessel. 

 

 

 Fig. 23. Cycling pressure test of a pressure vessel 

(typ 2) with embedded CFS and strain gauge. 

 

 

 
Fig. 24. Autofrettage process of a pressure vessel 

(type 3) with embedded CFS and strain gauge. 

 

 

 
Fig. 25. First derivatives of the CFS and strain gauge 

signals at the autofrettage process of a pressure 

vessel (type 3). 
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1 Introduction  
Creation of the ply waviness during different 
composite fabrication processes is a critical issue for 
the analysis of the composite structures. It is a 
source of geometrical non-uniformity which makes 
the composite analysis and modeling complicated 
and computation-intensive. For simplicity, when 
analyzing laminated composites, idealized lamina 
with perfectly straight fibers is often assumed. 
However, the waviness usually produces different 
mechanical properties for such laminates [1-8]. Ply 
waviness could be either the outcome of the local 
deformation of the fibers, or be caused by the 
residual stresses accumulated during the curing 
process. It usually happens through the thickness of 
the composite parts and can be often revealed by 
their destructive inspection. 
Several researchers have introduced different 
theories, micro-mechanical finite element methods 
(M-FEM) and experimental techniques to investigate 
the elastic behavior of composite laminates having 
ply waviness. Lin et al. [9] developed a formulation 
to predict the compressive failure of the composite 
laminates with wavy fibers and a nonlinear matrix. 
Wisnom et al. [10] discussed the effect of the 
misalignment angle between the fibers and the 
loading axis and showed that small misalignment 
angles have a very strong effect on compressive 
strength. Camponeschi et al. [11] designed an 
interface measurement technique using an optical 
microscope equipped with an x-z indexing table to 
measure waviness at the mid-plane of the laminate 
and then analyzed and established a theoretical 
relationship between fiber waviness and reduction of 
compressive strength. Lo et al.  [12] developed a 
model to predict the compressive strength of 
composite laminates using a combined analytical 
and semi-empirical approach. In the tension case, 
Rai et al. [13] and Chan et al. [14] investigated the 
effect of fiber waviness on stiffness of composites 
by a numerical method. Bogetti et al. [15,16], 
developed an analytical model for evaluating the 

stiffness reduction of a laminate having waviness. 
However, no explicit analytical formulation was 
obtained in their model. Garnich et al. [17], 
developed an incremental scheme to predict the 
general stress-strain response for a curved fiber 
composite lamina. Chun et al. [18], evaluated the 
influence of in-plane waviness on the structural 
response and its sensitivity on a composite beam. 
Ray et al. [19] and Reddy et al. [20] developed finite 
element micromechanical models for stiffness of 
composite plates having waviness. 
The main objective of this paper is to present 
explicit formulas to evaluate the influence of the 
out-of-plane fiber waviness on the stiffness of the 
composite panels. Stability sensitivities due to the 
variation of fiber waviness would also be assessed 
by determination of their effects on the critical 
buckling loads of the composite laminates under 
compression and shear. Our proposed approach to 
the problem of waviness is to calculate the 
equivalent homogenized properties of the composite 
laminate under consideration, and subsequently use 
these properties for structural analysis. Results of the 
developed method are compared with those of  
M-FEM of Garnich et al. [17]. Next, the effects of 
the ply waviness on the buckling behavior of the 
composite laminates under compression and pure 
shear are investigated with two different Finite 
Element Model (FEM) approaches which would be 
presented in details in the following section. Finally, 
the results are compared with those of analytical 
solutions.  

 

2 Effective Mechanical Properties 

2.1 Analytical Formulation 
The cross section of a monolithic laminate with local 
ply waviness has been shown in Fig. 1. To obtain the 
reduced stiffness values, the average strain values 
over the length of the laminate should be calculated. 

STIFFNESS EVALUATION OF THE COMPOSITE LAMINATES 
WITH WAVY PLIES AND THEIR STABILITY ANALYSIS 

 
H. Dalir1*, J. E. Brunel 1, F. Dervault1, A. Landry1 

1 Department of Composites Development, Bombardier Aerospace, Montreal, Canada  
* Corresponding author (hamid.dalir@aero.bombardier.com) 

 
Keywords: ply waviness, wavy laminate, elastic properties, compression and shear buckling 
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PREDICTION OF THE ELASTIC PROPERTIES FOR COMPOSITE TAPE LAMINATES WITH WAVY PLIES  

 
Fig. 1. Laminate configuration with ply waviness  
 
The stress-strain relation in XZ coordinate system is 
defined as [21], 

xy
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x
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 and  are the strain and stress tensors, 
respectively, and S  is the compliance matrix which 
is defined as, 
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Here, cos , sin  and  is the angle 
between the fiber and direction X throughout the 
laminate and 
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where 1E , 2E , 12 , 21  and 12G are the stiffness 
properties of the lamina, 1,2,6, ji . 
Now if we assume the fiber waviness as a sinusoidal 
function that its amplitude is reducing linearly from 

maxh  to zero at the extreme plies, we can assume the 
out-of-plane fiber waviness as: 

wl
x2h

t
z2

1
2
1xw sin max

 (5) 

and 

ww

1

l
x2

l
h

t
z2

1 cos tan max  (6) 

maxh and wl  are the maximum waviness height and 
length over all the laminate plies. t  is the laminate 
thickness. Therefore the equivalent values for the 
compliance matrix could be written as: 

2
t

2
t

L

0

ijeqij dxdzS
Lt
1S  (7) 

and the equivalent major Young’s modulus would be 
obtained as: 

1
32226612111

11x
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  (8) 

where Llw  is the waviness fraction and  
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(9) 

N  and it  are the total number of laminate plies and 
thickness of the ith ply respectively; and
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3  

max h
t
z2

1
lw

i . All other effective laminate 

properties could be obtained in the similar manner. 
 

2.2 Evaluation of the Laminate Stiffness 
To validate the formulations obtained in the previous 
section, the stiffness results are compared with those 
of finite element micromechanics modeling done by 
Garnich et al. [17]. In their study, the waviness was 
assumed to be sinusoidal. Based on the volume 
percentage of each constituent, the wavelength and 
the amplitude of the waved fibers, the unit cell 
geometry was defined (see Fig. 2). This unit cell was 
divided into hexahedral finite elements as shown in 
Fig. 3. In order to determine the stiffness parameters, 
stress analysis of the wavy unit cell was carried out 
for several independent load cases. 
Here we consider the same fiber and matrix 
properties of a graphite/epoxy system as were 
employed by Garnich et al. [17]. The fiber is 
assumed to have transversely isotropic elastic 
properties of GPa 207.51E , GPa 2532 EE ,

GPa 951312 GG , GPa 9.223G , 0.241312  
and 0.35923 . The polymer matrix is assumed to 
have isotropic elastic properties of GPa 54.E  and 

0.34 . For 40, 50, 60, and 70% of fiber volume 
fractions ( VV f ), the predicted equivalent major 
Young’s modulus is shown in Fig. 4. As it can be 
seen the modulus values obtained from Eq. (8) are in 
close  agreement  with  those  of  complex  M-FEM  
results of Garnich et al. [17].    

 

 
Fig. 2. A wavy fiber unit cell volume [17] 

 

 
Fig. 3. M-FEM discretization of part of the unit cell [17] 

 

Fig. 4. Major modulus ( 1E ) as a function of waviness 

 

3 Buckling of Composite Panels with Wavy Plies 

3.1 Compression Case 

3.1.1 Analytical Formulation 

In this section, we consider a rectangular composite 
plate  having  a  region  with  wavy  plies  (see  Fig.  5).  
We  are  specifically  interested  to  see  if  it  is  a  valid  
assumption to consider the effects of the ply 
waviness on the buckling analysis by applying the 
equivalent homogenized properties of the composite 
laminate under consideration.  The plate is assumed 
to be simply-supported on all of its four edges. The 
out-of-plane displacement yxw ,  of the plate is 
assumed to be in the form of  

M

1m

N

1n
mn L2

yn
L2
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where m and n are odd numbers, and mnA  are 
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PREDICTION OF THE ELASTIC PROPERTIES FOR COMPOSITE TAPE LAMINATES WITH WAVY PLIES  

 
Fig. 5. Laminate with waviness under pure compression 

 
unknown coefficients to be determined. Assuming 
that the layup is symmetric and balanced with

0DD 2616 , the buckling load can be determined 
by minimizing the total potential energy  of the 
plate: 
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 (11) 

where xN is the applied compressive load per unit 
width, and ijD 6 2, 1,i , are the bending 
stiffnesses at any location in the plate. The coupling 
terms 16D and 26D could be incorporated with 
appropriate  changes  in  Eq.  (10)  at  a  slight  increase  
in complexity by introducing an anisotropy factor 
[22]. The unknowns mnA are determined by 
minimizing the total energy 

0
Amn

  (12) 

Carrying out the integrations, and setting the 
derivative of  with respect to mnA equal to zero, 
leads to the generalized eigenvalue problem: 

xBxA   (13) 

where the eigenvalue  is the buckling load when 
inlbf 1 xN is applied; the eigenvector x  contains 

the constants mnA  of Eq. (10), and the matrices A  
and B  contain stiffness and geometry information 
of the problem. Therefore, in case of a square plate 

LL , the main critical buckling load is given as 

2
22661211

2

xcrit L
DD2D2DN   (14) 

To compensate for the effects of transverse shear 
which could become important when analyzing thick 
laminate plates, one can write [22] 

11
xy

1
xcritxcrit tGNN     (15) 

where xyG  and t  are the shear modulus and 
thickness of the laminate plate, respectively.  
Eq. (15) is only applicable to balanced and 
symmetric laminates. To account for the anisotropy 
of the laminate plate where the coupling terms 16D
and 26D could not be neglected, an anisotropy factor 
would be considered as [22] 

 xcrit

1

6611

2616
xcrit N

DD
DD1201N .*   (16) 

 

3.1.2 Finite Element Modeling 

Based on the formulation introduced in section 2.1, a 
macro was prepared using Visual Basic for 
Applications (VBA) enabling the users to calculate 
the equivalent homogenized properties of the 
composite laminate having wavy plies (see Fig. 6). 
The users will have to insert the geometry of the 
waviness, stiffness properties of the idealized lamina 
with perfectly straight fibers along with the 
laminates  layup  as  the  input.  The  output  of  the  
program would be the averaged equivalent 
homogenized mechanical properties of the wavy 
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Fig. 6. VBA program developed to obtain the equivalent homogenized properties of the laminates having wavy plies 

 

lamina or laminates which could be used for 
structural analysis of the composite structures 
having wavy plies.       

Here we consider a 20 in × 20 in square panel 
comprised of 88 plies [(±453/02)3/(±454/02)2]S of 
Carbon/Epoxy tape laminate with the lamina 
properties of msi 19.301E , msi 1.402E , 

msi 1.293E , msi 0.79912G , msi 0.42223G , 
msi 0.73313G , 0.31712  , 0.35713 and 

0.45223 . Eight different FEM cases were run, 
each with different waviness lengths ( wl )  of  0  
(laminate having plies with straight fibers), 1 in,  
2 in, 4 in, 8 in, 12 in, 16 in and 20 in. The maximum 
height of the waviness was considered to be 0.30 in.  

For  the  FEM,  the  Nastran  software  (SOL  105)  by  
MSC was used. The model consisted of 1600 four-
noded quadrilateral elements with 1681 nodes. The 
geometry, loading, and typical results obtained from 
FEM are shown in Figs. 5 and 7.  

 

 

 

 

 

 

 

 

 

 
Fig. 7. Typical buckling results under compression 

Two different approaches were considered with 
FEM. In the first called two-phase FEM approach, 
the panel was considered to be made of two different 
regions, regions at extremities having the properties 
of laminas with straight fibers and the wavy region 
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Table 1. Comparison of different FEM and analytical approaches for the case of the pure compression 

wl  (in) 1: Two-phase 
FEM (lbf/in) 

2: One-phase 
FEM (lbf/in) 

3: One-phase 
Analytical (lbf/in) 

Difference between 
1 & 2 (%) 

Difference between 
2 & 3 (%) 

0 7749 7749 8269 0 +6.7 
1 7165 7055 7461 -1.5 +5.8 
2 7159 7190 7627 +0.4 +6.1 
4 7343 7422 7881 +1.1 +6.2 
8 7530 7586 8061 +0.7 +6.3 

12 7607 7652 8128 +0.6 +6.2 
16 7661 7685 8162 +0.3 +6.2 
20 7684 7684 8183 0 +6.5 

 

 
Fig. 8. Compression buckling load reduction by waviness 

 

in the middle of the panel with averaged reduced 
properties obtained from the VBA program by 
considering wlL  (see  Fig.  6).  In  the  second  
approach called one-phase FEM, the equivalent 
homogenized properties of the composite laminate 
with wavy plies were applied all over the panel. In 
this approach, L  in the VBA program was 
considered to be 20 in, and the average homogenized 
properties were obtained for laminas with different 
waviness length. The buckling loads predicted by 
the two FEM approaches have been compared in 
Table 1 and Fig. 8 with those obtained from Eq. 16. 
In all cases and with the both FEM approaches used 
here, the FE-predicted buckling modes were 
symmetric. The highest difference between the two 
FEM approaches was 1.5%. The FEM results were 
successfully correlated to those obtained from  
Eq. (16) with the maximum of 6.7% deviation (see 
Table 1).  

Fig. 9 shows the reduction in the buckling load of 
the panel in compression as a function of waviness 
parameters ( wl  and maxh ). For example, for in 2wl  
and in 0.4maxh , one can expect ~12% reduction in 
the critical buckling load in compression. 

 

 

 
Fig. 9. Effect of the waviness parameters on the critical 

compression buckling load of our 88-ply composite panel 

 

3.2 Shear Case 

3.2.1 Analytical Formulation   
For the case of shear, we considered the same 
rectangular composite plate as in section 3.1 having 
the same waviness characteristics (see Fig. 10). The 
plate was loaded by a shear load xyN . Therefore the 
total potential energy  of  the  plate  (Eq.  11)  for  
the case of pure shear can be rewritten as  
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Table 2. Comparison of different FEM and analytical approaches for the case of the pure shear 

wl  (in) 1: Two-phase 
FEM (lbf/in) 

2: One-phase 
FEM (lbf/in) 

3: One-phase 
Analytical (lbf/in) 

Difference between 
1 & 2 (%) 

Difference between 
2 & 3 (%) 

0 16974 16974 17008 0.0 +0.2 
1 15881 15513 15539 -2.3 +0.2 
2 15824 15808 15851 -0.1 +0.3 
4 16146 16288 16321 +0.9 +0.2 
8 16523 16632 16663 +0.7 +0.2 

12 16685 16772 16774 +0.5 +0.0 
16 16813 16840 16831 +0.2 -0.1 
20 16837 16837 16866 +0.0 +0.2 

 

 
Fig. 10. Laminate with waviness under pure shear 

 

 

 

 

 

 

 

 

 

 

 

Fig. 11. Typical buckling results under pure shear 
 

The Rayleigh-Ritz method was used to determine 
the buckling load. This method is set out in 
Timoshenko and Gere’s text [23]. The out-of-plane 
displacement yxw ,  of the plate was considered as 

a polynomial-based displacement function which 
consists of a boundary polynomial specifying the 
geometric and kinematic boundary conditions, 
multiplied by a complete two-dimensional simple 
polynomial. This displacement function has been 
used successfully for the modeling of bilateral plate 
buckling problems [24,25], and can be written as 

M

0m

N

0n

nNn
k yxa1y1xxyyxw    ,   (18) 

where M  is the degree of a two-dimensional 
polynomial, ka  is the arbitrary Ritz coefficient and 
k

 
is determined as 

n
2

2N1Nk    (19) 

Fig.  11  shows  the  typical  shear  mode  shape  of  the  
panel under shear loading. The edges of the plate are 
all simply supported. Therefore, the shear buckling 
load can be expressed as [26] 

2503
22112

s
2

xycrit DD
L

kN .   (20) 

where sk  is the shear buckling factor and for our 
specific layup, it was determined to be equal to 12.8. 
 

3.2.2 Finite Element Modeling   
For the FEM, the same models as those introduced 
in section 3.1.2 were used by Nastran software. The 
nodes located on the edge lines were loaded under 
pure shear. The comparison of the analytical 
Rayleigh-Ritz method with the results of the two 
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Fig. 12. Shear buckling load reduction by waviness 

 

 
Fig. 13. Effect of the waviness parameters on the critical 
shear buckling load of our 88-ply composite panel  

 

different FEM approaches which were introduces in 
section 3.1.2, has been shown in Table 2 and Fig. 12. 
As it can be seen, there is an excellent agreement 
between the two FEM approaches (worst deviation 
is -2.3%). Fig. 13 shows the reduction in the 
buckling load of the panel under pure shear as a 
function of waviness parameters ( wl  and maxh ). 

 

4 Summary and Conclusions 
The explicit forms of the stiffness for a laminate 
containing out-of-plane fiber waviness were derived. 
The results were in excellent agreement with those 
obtained from complex M-FEM of Garnich et al. 
[17]. The reduction of the lamina stiffness xE  was 
found to be 3%, 10%, 40% and 70% for plies having 
1%, 2%, 5% and 10% waviness, respectively. These 
equivalent homogenized properties were then used 
for the compression and shear stability analysis of 
the composite panels having fiber waviness. For a  
20 in × 20 in square panel comprised of 88 plies 
[(±453/02)3/(±454/02)2]S of Carbon/Epoxy tape 
laminate having waviness parameters of 0.1Llw  

and 0.075max wla ,  it  was  found  that  the  reduction  
of the stiffness will lead to 8% and 7% decrease in 
the buckling load for the case of pure compression 
and pure shear, respectively. 
Two different FE modeling approaches were 
selected and their results were compared with those 
of closed form analytical formulations. It was also 
shown  that  the  results  are  in  close  agreement  with  
each other with the maximum deviation of 6.7% and 
0.3% for the case of pure compression and pure 
shear, respectively. We also found that for thick 
laminates, the effects of the local changes of the 
fiber volume fraction which is caused by the 
waviness (i.e., changes on the local ply stiffness and 
the waviness geometry), don’t have considerable 
effect on the compression and shear buckling loads 
(results not shown). Therefore, to find the effective 
stiffness of a laminate having ply waviness, one 
need to first measure the waviness parameters ( Llw  
and wlamax ) and then use the formulations 
introduced in section 2.1 (VBA tool shown in  
Fig. 6). Once the equivalent homogenized properties 
of the laminate having waviness were determined, 
they can be used subsequently for the stability 
analysis using the analytical formulations introduced 
in section 3. Although the waviness is usually local, 
however, it would be accurate enough if the 
homogenized stiffness values be applied all over the 
panel instead of considering the panel with several 
regions with or without waviness.  
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1 Introduction  

Liquid Composite Molding (LCM) is an 

increasingly used class of processes to manufacture 

high performance composites [1-3]. In Resin 

Transfer Molding (RTM), a reactive liquid resin is 

injected inside a mold cavity containing a dry 

fibrous reinforcement. In order to produce high 

performance composites, the fibers must be 

completely saturated prior to resin gelation [4]. 

Indeed, impregnation defects have a detrimental 

impact on the mechanical properties of composite 

parts such as the maximum compression, flexural 

and shear inter-laminar strengths [5, 6].  

The engineering fabrics in LCM possess generally a 

dual scale architecture in terms of porosity. 

Microscopic pores exist between the filaments inside 

the fiber tows, while macroscopic pores appear 

between the tows. As a result, microvoids are 

formed inside the fibers tows for low injection 

velocity, and macroscopic voids appear between the 

fibers tows when the injection velocity is high [7-9]. 

Several approaches can be considered to minimize 

the void content, such as bleeding after mold filling 

or applying a consolidation pressure. However, these 

methods are expensive and are not well adapted to 

complex geometry or large parts. Hence, developing 

practical strategies to produce composites with a 

high impregnation quality becomes a critical 

industrial goal [10]. 

The capillary rise method has been used to 

characterize the permeability, the architecture of 

porous media and the capillary pressure at 

equilibrium in different soils. Researchers have also 

studied by this approach the microscopic and  

 

macroscopic properties of fibrous reinforcements 

used in high performance composites [11, 12]. 

However, for composite materials, this 

characterization technique suffered from a lack of 

precision, repeatability and robustness [11-14]. 

To circumvent these technical limitations, a 

monitoring technique based on fluorescent Dye 

Penetration Inspection (DPI) and CCD image 

acquisition has been developed [15, 16]. This visual 

monitoring of the capillary front by fluorescence is 

coupled with real time fluid mass acquisition with a 

high resolution balance. This allows gathering 

automatically and simultaneously the capillary front 

position and the uptake fluid mass in time with a 

high degree of accuracy and repeatability. 

The goal of this investigation is to find a way to 

predict the optimal injection velocity for a given 

fabric and resin using capillary rise measurements. 

The first part of this paper is devoted to modelling 

the capillary rise phenomenon in fabrics of dual 

scale porosity, and then the model is used to predict 

the optimal injection velocity. Note that the capillary 

rise measurement method with DPI was improved 

by following new experimental protocols and using 

image processing techniques to follow the 

progression of the capillary front. Finally, the whole 

procedure is validated by simulating injections in 

parts of irregular geometry, in which the injection 

velocity is monitored to maintain the optimal 

velocity of the flow front. 
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2. The capillary rise method 

2.1 Experimental setup 

The principle of capillary rise measurements is fairly 

simple: it consists of dipping a fabric sample in resin 

or in a probe fluid in order to study the wetting, 

wicking and imbibition behavior of the liquid in the 

porous medium. In the present work, a capillary rise 

setup has been developed to record simultaneously 

the flow front position and the uptake fluid mass. 

The experimental setup is shown in Fig. 1. It is 

composed of a 14.1 megapixels digital camera from 

Canon® and a high resolution scale. The digital 

camera was remotely controlled and each capture of 

the capillary rise progression was taken at a specific 

rate of 1 image per 5 seconds. The liquid containers 

are standard rheometer capsules. The high surface 

area of the liquid containers with respect to the total 

fluid uptake volume absorbed by the fiber tows 

allows minimizing buoyancy force variations during 

wicking as a result of the decrease in the liquid level.  

In order to control the fiber tow velocity when it 

comes in contact with the liquid surface, a motorized 

linear stage moves the fabric samples held on a 

frame. A control software was developed to stop the 

motor once the fiber tow touches the liquid surface 

(which translates in a mass jump on the scale 

reading). Two 15 Watts UV-black light bulbs were 

used to follow the progression of the fluid with the 

fluorescent dye. 

2.2 Modeling of flows during capillary rise  

Several models exist to analyze the progression of 

the capillary front in fiber tows. A simplified 

approach is presented here. During isothermal 

capillary rise experiments in immobile, non 

stretchable and tortuous fiber tows, the fluids used 

are considered incompressible and Newtonian. In 

this respect, Fig. 2 shows the typical capillary height 

evolution in time of such a liquid through a porous 

medium. The progression of the capillary front tends 

asymptotically towards an equilibrium height zeq, for 

which the capillary and gravitational forces balance 

each other in static equilibrium. Fig. 2 highlights 

also the linear flow regime of Lucas-Washburn for 

which the gravity contribution can be neglected at 

the beginning of the experiment. In that situation, 

capillary forces are balanced only by viscous forces.  

By summing up along the z direction the forces 

driving a Hagen-Poiseuille flow in a tortuous fiber 

bundle, the balance of capillary, gravity and viscous 

forces gives the following equation [17]:  

2 2 22
2 2

2

capillarity gravityinertia viscous drag

 8   
4 4 4

h h h
cap

d d dd z dz
z P z g z

dt dt
        (1) 

where dh is the hydraulic diameter of the fluid flow 

(m), ρ the density of the fluid (kg.m
-3

), τ the 

tortuosity of the fibers bundle (generally τ tends to 

be close to 1), Pcap the capillary pressure (Pa) given 

by Laplace equation, μ the viscosity of the fluid 

(Pa.s) and g is the gravity acceleration (m.s
-2

). 

Inertia and gravity contribution can be neglected on 

short distances(z << zeq). Using the modified Jurin’s 

law [18] to express the capillary pressure, equation 

(1) can be simplified as follows : 

 
2

20  8  
4

h
eq

capP

d dz
g z z

dt
     (2) 

from which an ordinary differential equation (ODE) 

describing the axial progression in time of the 

capillary height in fiber tows is obtained, as 

expressed in the following: 

 Jurin
h

zdz

dt z

 

  
 

 (3) 

where 

 

2

232

h
h

d g



  (4) 

The integration of equation (3) results in the 

classical Lucas-Washburn imbibition model giving 

the evolution of the capillary height on short 

imbibition distances as follows : 

 
2

hz B t  (5) 

where 

 2h h JurinB z  (6) 

The parameter Bh represents the Lucas-Washburn 

(LW) slope of the square of the capillary height 

during the linear Lucas-Washburn flow regime (i.e, 

on short imbibition distances). This term, which was 

also referred to as a diffusion or capillary rate 
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coefficient (m
2
/s) [19],  can be obtained by linear 

regression. 

2.3 Image post-treatment 

After a capillary rise test, the images recorded at 

constant time step are post-processed by a Matlab 

program. The initial routine [15, 16] was developed 

as follows : 

1. Fluorescent-colored RGB pictures are 

converted into gray levels by Hue-Saturation-

Intensity (HIS) algorithm.  

2. In order to track the capillary front, the program 

performs a binary conversion based on Otsu’s 

thresholding algorithm.  

3. Finally, edge filtering is applied on binary 

pictures in order to discard noisy pixels. The 

pixels are removed on each pixel column except 

the pixel of maximum height.  

This semi-automated strategy was found to be quite 

robust and efficient to track the capillary front 

despite the variable brightness of the recorded 

images. Two factors contribute to this variable 

brightness: (1) the variable shutter speed of the 

semi-automatic camera; and (2) the total increase in 

brightness resulting from the use of fluorescent 

liquids. Fig. 3 illustrates the tracking process on 

images of the capillary front: Fig. 3a shows a typical 

raw image, while Fig. 3b displays the successive 

average front positions evaluated at each time step 

from the pixel images by Otsu’s algorithm and edge 

filtering. 

3. Optimization of the capillary rise method 

Despite the efficiency of the previously described 

method for fiber tows, a small shift is detected with 

the real capillary front in fabric samples. Indeed, the 

dual scale architecture of the reinforcement brings in 

the so-called “fingering” effect [20-22], i.e. the front 

inside the fiber tows is usually ahead of front in 

between the tows (see Fig. 6a). Some experimental 

and numerical adjustments are required in order to 

overcome this source of error when detecting the 

positions of the capillary front, especially in fabric 

samples. 

First of all, the whole experimental setup was placed 

in an isolated enclosed dark room in order to prevent 

perturbations coming from an external light source, 

air streams and vibrations on the mass and image 

acquisitions. All the equipment (motor, balance, and 

camera) are controlled with a computer placed inside 

the dark room. This computer is itself remotely 

controlled from outside the dark room via internet to 

prevent any disturbance during the launch of the 

experiments. 

In order to minimize the brightness problems 

mentioned, the experimental setup was equipped 

with a new high resolution camera with a full frame 

captor and the possibility to control the brightness 

level in manual mode. These features allowed 

collecting more accurate data and hence improving 

the image post-processing to better locate the 

capillary front. 

Otsu’s threshold algorithm is a powerful tool to 

convert gray levels to binary black and white 

images. However, the threshold can vary from one 

image to another. For this reason, a new conversion 

function adapted to capillary images was proposed. 

The gray signal from Fig. 4 is averaged in the x 

direction and plotted against the y direction for every 

images captured during the capillary rise (see Fig. 

5). Each curve is the result of a different image, all 

of which are taken at intervals of 5 seconds.  

The wet part of the fabric sample is on the left side 

of the curves, and the dry part on the right. Thanks 

to the camera settings, it is possible to see that the 

minimum and maximum values of the signal remain 

constant in time. The threshold between black and 

white pixels is set by the user and expressed as a 

percentage of magnitude between the maximum and 

minimum values of the gray signal. The same 

threshold is then applied to every image. This 

method provides a simple and efficient way to 

control the threshold for a set of images during 

capillary rise experiments. Thanks to these 

experimental and numerical adjustments, it was 

possible to estimate the velocity of the capillary 

front with a better accuracy.  

As shown in Fig. 6, the front detected with Otsu’s 

algorithm does not correspond to the positions given 

by the new approach, which is closer to the peaks 

inside the fiber tows.  Thus, the height z (mm) of the 

liquid can be evaluated on each frame. 

4 Prediction of optimal injection velocity for 2D 

glass fibers fabrics 
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The void content is generally plotted as a function of 

the capillary number, or better of the modified 

capillary number below, which takes into account 

the contact angle θ between the fluid and the fabric: 

 
.

*
cos

v
Ca



 
  (7) 

where μ is the viscosity of the liquid (Pa.s), v the 

velocity of the flow front (m.s
-1

) and  the surface 

tension (N.m
-1

) of the fluid. As shown in Fig. 7, the 

typical evolution of void content as a function of the 

capillary number exhibits a “V-shaped” curve [8, 

20]. The objective is to determine the optimum 

capillary number, for which a minimum void content 

is achieved at the bottom of the “V-shaped curve”. 

For that purpose, capillary rise tests are conducted to 

identify the left side of the “V-shaped curve” for low 

velocity flows. 

Capillary rise experiments have shown that the 

spontaneous imbibition velocity corresponds to a 

minimum macroscopic void content. Thus, the 

optimal velocity can be evaluated as the velocity for 

which an elementary cell of characteristic size Lc is 

filled up with fluid. If tc, denotes the characteristic 

time required to fill an elementary cell in 

spontaneous capillary impregnation, then the 

optimal impregnation velocity (see Fig. 8) may be 

defined as follows: 

 c
opt

c

L
v

t
  (8) 

Using the Lucas Washburn model of equation (5), 

we get : 

 
2

c h cL B t  (9) 

Combining equations (8) and (9) allows expressing 

the optimal velocity as a function of two known 

parameters, the characteristic length Lc (measured 

directly on the fabric) and the Lucas Washburn slope 

Bh, as follows : 

 h
opt

c

B
v

L
  (10) 

Parameter Bh is determined from image processing 

as described in the previous section. Firstly, the 

image treatment allows calculating and plotting the 

fluid height as a function of time. As shown in Fig. 9, 

the results for several capillary rise tests in the warp 

and weft directions for the JB Martin TG15N NCF 

fiber glass fabrics gave repeatable and stable results. 

As expected from the theoretical curve of Fig. 2, the 

height tends to stabilize itself after a long period of 

time. Secondly, the square height is plotted against 

time only on short times ( t < 50 s ) so that 

gravitational effects can be considered as negligible. 

As shown in Fig. 10, a linear evolution is observed. 

Thus the Lucas Washburn model is verified. From 

these data, it is possible to determine Bh. The value 

of Bh is strongly dependent on the number of time 

steps taken for the linear regression. Indeed, it is 

possible to notice in Fig. 10 that the slope between t 

= 0 and t = 10s is greater than the slope between t = 

0 and t = 50 s. The influence of the number of time 

steps on Bh was studied and is shown in Fig. 11. 

Since the three different tests in each warp and weft 

direction are repeatable, a mean value of these three 

tests was taken for the sequel of this investigation.  

In Fig. 11, we see that the value of Bh decreases 

rapidly with the number of time steps. Before 50 s, 

the values of Bh are too high because the number of 

time steps in the linear regression is too low to give 

a representative value as the slope varies too much 

between time steps. After 50 s, the value of Bh  is 

less affected by the number of time steps and the R
2
 

coefficient of the linear regression remains 

acceptable. Thus, the value of Bh can be taken at t = 

50 s as a preliminary result. The influence of Bh on 

the optimal velocity will also be further investigated. 

The characteristics length Lc is determined 

experimentally by taking HD images with the same 

camera used for capillary tests and macro lens. HD 

pictures are taken on a 2 x 2 inches square fabric 

sample. This allows performing more than 20 

measurements and provides a statistical analysis on 

Lc results. This turns out to be a fast, cost effective 

and accurate way of evaluating Lc. 

The results of Bh, Lc and the calculation of vopt for 

the hexadecane are presented in Table 1. These 

values of velocity for hexadecane need to be 

converted in equivalent velocity for resin injections.  

The modified capillary number defined in equation 

(7) remains constant for different fluids in the same 

fabrics. Thus, it is possible from the properties of the 

resin to calculate the equivalent optimal resin 

ICCM19 4217



 

5  

VOID MINIMIZATION AND OPTIMIZATION OF INJECTION VELOCITY IN RTM PROCESSING  

 

velocity as expressed below, without having to carry 

out capillary tests with resin: 

 
cos

*.
resin resin

resin

resin

v Ca
 


  (11) 

The surface tension, viscosity and contact angle are 

known from previous experiments [23]. The velocity 

calculated for two resins, the vinyl ester 411-350 

from Derakane and the epoxy DER 383 from 

Dow (see Table 2) is in good agreement with the 

values given in previous investigations. Indeed, for 

each resin and in each direction, the velocity value 

from the present work is within the range of 

velocities defined by LeBel et al.  

The values in Table 2 are obtained for a mean value 

of Bh taken at t = 50s (see Fig. 11). However, the 

calculation of the optimal velocity depends on the 

value of Bh The resin optimal velocity was 

calculated by equation (11) as a function of Bh The 

results presented in Fig. 12 show that the estimated 

velocity varies linearly with Bh The values located 

on the right end of the lines correspond to the initial 

estimation (with a few time steps). Then, as the time 

steps increases, the estimated velocity tends to group 

on the left end of the lines. The optimal range can be 

defined by this group of values on the left end of the 

lines, when the Bh.parameter stabilizes in the Lucas 

Washburn model. 

The optimal injection velocity ranges having been 

determined from capillary rise experiments, it is now 

possible to validate this approach by evaluating the 

optimal velocity from the analysis of void content in 

composite samples fabricated by resin injection.  

5. Simulation of RTM injections in composite 

samples of uniform and variable width 

Composites samples were fabricated by resin 

injection with JB Martin TG15N NCF glass fiber 

fabrics and vinyl ester resin. Firstly, injection 

simulations were carried out with PAM-RTM 

software in order to analyze the flow behavior and 

estimate the void content.  

Two different geometries have been studied: a 

rectangular plate of uniform width (Fig. 13a) and a 

section constriction in the same plate (Fig. 13b). The 

idea is to validate the optimal velocity in the plate of 

uniform width and then try to monitor the velocity 

on a more complex geometry. 

The real injections will be carried out with 6 plies of 

JB Martin TG15N glass fiber fabric in a mold cavity 

of 3.175 mm in thickness, which corresponds to a 

fiber volume fraction Vf of approximately 38%. The 

geometry and mesh was generated with CATIA And 

the numerical simulations performed at constant 

flow rate. The small section the constriction plate is 

twice smaller than in the larger part. Thus, when the 

optimal velocity vopt is monitored in the large 

section, the resulting velocity in the small section 

will be equal to 2 vopt. Inversely, when the optimal 

velocity vopt is monitored in the small section, the 

resulting velocity in the large section is 0.5 vopt. The 

last simulation consists of monitoring the optimal 

velocity is both sections, which will result in a 

decrease of the flow rate in the small section. 

The void contents obtained in the simulations are 

presented in Table 3 and Fig. 14. As expected, the 

void content is minimal for the optimal injection 

velocity. Moreover, when the optimal velocity is 

monitored in the two sections, the minimum void 

content is also maintained. The typical “V-shaped” 

curve is clearly visible in Fig. 14. The macroscopic 

voids are located on the left side of the “V”, whereas 

microscopic voids appear on the right. As already 

observed in the scientific literature [7-9], the void 

content increases more rapidly at lower injection 

velocity, forming an asymmetrical “V-shaped” 

trend. 

These simulations results prove the importance of 

monitoring the injection velocity during RTM 

processing. Capillary rise tests allow to estimate the 

optimal injection velocity. The real injections will be 

performed on a semi industrial scale setup. This 

experimental setup has already been used to 

fabricate rectangular plates of uniform width by 

resin injection [24]. The flow rate will be monitored 

via an automated user interface. Then, samples from 

the injected parts will be cut for void content 

analysis. 
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6. Conclusion 

In the present work, capillary rise experiments were 

performed to visualise the impregnation of fiber 

glass fabrics by a reference fluid (hexadecane). The 

experimental procedure was enhanced by using a 

fluorescence technique with HD optical means in 

order to record images of liquid imbibition during 

the capillary rise. The post-treatment of 

experimental data was also improved with a fast and 

efficient way based on image processing to locate 

the fluid front during capillary rise tests. The Lucas 

Washburn model could then be used to estimate the 

optimal injection velocity. The main advantage of 

this approach lies in the possibility of calculating the 

equivalent resin optimal velocity from the modified 

capillary number without carrying out capillary tests 

with resins. However, this experimental procedure is 

only valid for transparent fabrics made of glass 

fibers for example. 

Once the optimal injection velocity was determined 

by capillary tests, the results were validated by 

numerical simulations carried out with PAM-RTM 

software. The study of resin injection in composite 

samples of variable geometry shows that the 

estimated optimal velocity gives the lowest voids 

content. The numerical simulations permit also to 

retrieve the typical void distribution as a function of 

injection velocity. The next step consists of injecting 

real composite samples in order to confirm the 

simulation results.  

Since this approach is valid only in transparent 

fabrics made out of glass fibers, future work will 

focus on finding the optimal injection velocity in 

non-transparent fabrics such as carbon fibers. Two 

options will be considered: (1) analysing the mass 

data measured with the balance; (2) changing the 

image acquisition method from ultraviolet 

fluorescence to infrared recording. 
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Fig. 1: Experimental setup for capillary rise 

measurements.  
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Fig. 2: Schematic view of the flow front evolution during 

a typical capillary rise experiment through a porous 

medium. 

 

→ Flow direction 

(a) 
 

(b) 
 

Fig. 3: Capillary flow front tracking inside a fiber bundle 

with Otsu’s algorithm: (a) raw picture of the capillary 

flow without image post-treatment; (b) successive flow 

front positions inside a fiber bundle plotted by Matlab. 

 

→ Flow direction 

 

Fig. 4: Visualization of the “fingering” effect during 

capillary rise through glass fiber fabric samples. 

 

 

Fig. 5: Graphical analysis of the gray signal from 

capillary rise images with the threshold value taken for 

black and white conversion. 

 

→ Flow direction 

(a) 

 

(b) 

 

Fig. 6: Detection of the fluid front during capillary rise 

experiments: (a) with Otsu’s algorithm; (b) with the 

algorithm developed in this investigation.  
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Fig. 7: Theoretical percentage of voids as a function of 

the injection velocity in composite samples. 

 

→ Flow direction 

 

Fig. 8: Characteristic distance Lc between two tows.  

 

 

Fig. 9: Height (measured by image analysis) as a function 

of time. Experimental results of capillary rise tests for JB 

Martin TG15N NCF fiber glass fabric with hexadecane.  

 

 

Fig. 10: Square height as a function of time. Validation of 

Lucas Washburn model to determine Bh from capillary 

rise tests carried out for JB Martin TG15N NCF fiber 

glass fabric with hexadecane 

 

 

Fig. 11: Evolution of Bh as a function of the number of 

time steps in the linear regression. 
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Fig. 12: Optimal injection velocity ranges in the warp and 

weft directions for vinyl ester and epoxy resins through 

JB Martin TG15N NCF glass fiber fabric. 

 

 
(a) (b) 

Fig. 13: Geometry and mesh used for the simulations with 

PAM-RTM. 

 

 

Fig. 14: Void content analysis as a function of the resin 

velocity. Results obtained for the simulation of section 

constriction. 

Table 1 : Optimal velocity values for hexadecane in JB 

Martin TG15N NCF fiber glass fabric 

 Bh(mm
2
.s

-1
) Lc (mm) vopt (mm.s

-1
) 

Warp 32 1.94 16.5 

Weft 45 3.26 13.8 

 

Table 2 : Optimal injection velocity for vinyl ester and 

epoxy resins through JB Martin TG15N NCF fiber glass 

fabric 

Vinyl ester  vopt (mm.s
-1

) 

    This work LeBel et al.[23] 

  Warp 0.109 0.077 to 0.18 

  Weft 0.0909 0.077 to 0.20 

Epoxy resin  vopt (mm.s
-1

) 

    This work LeBel et al.[23] 

  Warp 0.0912 0.06 to 0.14 

  Weft 0.0763 0.06 to 0.14 

 

Table 3 : Simulations flow conditions and void content 

analysis in section constriction 

velocity % void 

Large Small Large Small 

section section section section 

vopt 2 vopt 0,85 1,5 

0,5 vopt vopt 3,5 0,85 

vopt vopt 0,85 0,85 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  

Increasing use of carbon fibre reinforced polymers 

(CFRP) in aeronautical applications calls for non-

destructive testing (NDT) methods capable to tackle 

the enormous amount of parts, variations of part 

geometry and large areas that require inspection. 

One of the most common damage events on aircraft 

structures is impact damage induced by hail, 

dropped tools, runway debris, ground vehicles or 

birds. For CFRP structures in many cases the 

necessity arises to use NDT methods, as the 

formation of delaminations, inter fibre fracture and 

fibre fracture after impact damage may not be 

visible on the outside of the structure [1]. Active 

thermography with optical excitation shows great 

potential for the detection of sub-surface defects in 

large composite structures. Main advantage is a fast, 

contact free measurement of large areas, allowing 

in-field inspection [2].  

Active thermography is based on the principle of 

observing the change of the surface temperature of a 

part during or after a modulated excitation. It has 

been widely investigated for its detection depth and 

for various evaluation and excitation techniques 

where pulse phase thermography (PPT) [3,4] and 

lock-in thermography [5,6] are the most commonly 

used techniques. Lock-in thermography is based on 

a modulated heating of the specimen creating a 

pulsating temperature field on the surface. The heat 

propagating through the part is commonly called a 

thermal wave allowing an evaluation not only for the 

amplitude, but also the phase if this wave is reflected 

at any discontinuity. Depending on the excitation 

frequency, the generated thermal wave achieves 

different penetration depths [5,6]. Accordingly, in 

order to investigate a part for all its depths numerous 

measurements at different frequencies are needed, 

which could lead to a time consuming measurement. 

To overcome this, a rectangular pulse can be used 

for excitation. Post-processing allows decomposing 

the signal with a Fourier transform into a multitude 

of sinusoidal signals of different frequencies, thus 

enabling an investigation of different depths with 

only one measurement. This thermography protocol 

is called PPT [3,4].  

However, studies on thermography application on 

composite parts mostly neglect the influence of 

defect characteristics, which become especially 

noticeable for continuous fibre composites. Previous 

work has shown that blind holes and delaminations 

in the same depth yield different results for the phase 

contrast [7]. Delaminations which form after impact 

do not show a constant thickness of the enclosed air 

gap, but a varying thickness from the center to the 

sides. This delamination thickness variation has a 

strong influence on the results obtained from 

thermography, where highest contrast is achieved for 

the largest delamination opening. The same can be 

observed when specimens with delaminations are 

subjected to compressive loads leading to buckling 

of the delaminated plies. The result is an increase in 

the phase contrast of PPT measurements due to the 

increased delamination opening. In the same 

manner, results from inspected structures may vary 

depending on loads they may be subjected to during 

inspection or depending on the delamination’s 

geometric properties. In this work double cantilever 
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beam (DCB) and compression after impact (CAI) 

tests using carbon fibre reinforced plastics (CFRP) 

were conducted with the aim to investigate the 

influence of delamination opening on the phase 

signal of PPT. 

 

2.Experimental method 

2.1.Specimen preparation 

All specimens were manufactured from a Cycom 

977-2-35-24K IMS 268-T1-ALT 300 prepreg. 

During lay-up the laminates were subjected to a 

vacuum for 15 minutes every four layers, to achieve 

a better compaction and reduce air inclusions. 

Curing was conducted in an autoclave according to 

prepreg manufacturer specifications at 7 bar and 

177°C. For each testing procedure two different 

types of specimens were manufactured to investigate 

delaminations in different depths. The DCB 

specimens were made from uni-directional laminates 

in two and four millimeter thickness, where the 

starter film was placed between the middle layers. 

For a starter film an ETFE/fluropolymer release film 

with a nominal thickness of 25 µm was used. It has 

to be noted that only the four mm thick laminates 

correspond to the specimen geometry recommended 

in the standard JIS K 7086 [8].  

The formation of delaminations induced by impact 

occurs between adjacent layers of different 

orientation [1]. In order to reduce the complexity of 

multiple delaminations overlapping in one specimen, 

the lay-up suggested in the ASTM standard [9] was 

altered to a cross-ply laminate, where only one large 

delamination will form in either 0.5 or 1 mm depth. 

The lay-ups and geometry of the specimens can be 

seen in Table 1, where w is the specimen width, t the 

specimen thickness, t1 the depth of the starter film 

and lf the distance between the load line and the tip 

of the starter film.   

After curing, all laminates were inspected with 

ultrasound c-scans to assure no manufacturing 

defects had formed and that the starter films of the 

DCB specimen were still in place. Ultrasonic (US) 

measurements were carried out with a USPC 3040 

DAC from Ingenieurbüro Dr. Hillger. The system 

has a resolution of 20 MHz and an amplification of 

up to 106 dB in 0.5 dB steps. Testing was conducted 

with a STS 6 MHz probe from Karl Deutsch GmbH. 

Specimens were placed in distilled water as coupling 

medium for the c-scans. Calibration of the 

ultrasound speed in the specimens was achieved by 

measuring the sample thickness and adjusting the 

speed until the measured thicknesses matched.  

 

 
 

Fig. 1: Schematic side view of the DCB tests with 

expected results for phase response 

 

After machining the specimens the sides were 

polished with sand paper up to a grain size of 1000 

to avoid edge defects. After polishing, the sides of 

the DCB specimens were coated with a thin layer of 

brittle white paint to allow a better measurement of 

the delamination opening and crack propagation. 

Table 1: Specimen lay-ups and geometry 

Specimen Lay-up w in mm t in mm t1 in mm lf in mm 

DCB1-X [0]16 25 4 2 25 

DCB2-X [0]8 25 2 1 25 

CAI1-X [02/906]s 98 4   

CAI2-X [04/904]s 98 4   
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Fig. 2: Phase angle difference and delamination opening plotted over the delamination length 

beginning from the release film from which the delamination was initiated.  
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Every five millimeters from the starter film a marker 

was scraped into the white coating to determine the 

crack propagation through the travelling microscope. 

Aluminium loading blocks were adhered with 

superglue to the specimens, where the load line was 

25 mm from the starter film.  

The CAI specimens were subjected with a 7 J impact 

in a drop weight tower. Anti-rebound ensured a 

defined energy introduction. Before testing, the 

introduced impact damage was determined using 

ultrasound c-scan.  

 

2.2.PPT Measurements 

PPT measurements were conducted with an IR NDT 

system from Automation Technology GmbH. A 

Flir® Photon 640 IR camera measuring in a spectral 

band of 7.5-13.5 μm at a frame rate of 8.33 Hz and 

with a thermal resolution of 50 mK NEdT at f/1.0 

was used. A halogen spotlight with 2.5 kW power 

was synchronised with PC and camera via an IRX 

box. Measurement parameters and recording was 

facilitated with the Automation Technology software 

IrNDT 1.7 allowing an export of the measured data 

to Matlab. Measurements of the DCB specimens 

were conducted from either side, while the 

measurements on the CAI specimens were 

conducted from the side opposite the impact, to 

avoid a shadowing by the smaller delaminations near 

the impact site. Post-processing and evaluation was 

conducted with a self-developed Matlab program, 

allowing measurement of averaged values of chosen 

line profiles along the delamination. Investigated 

areas were chosen to be only in the impact damaged 

area (ɸd) or in a representative non-damaged area 

(ɸs). The phase angle difference between the prior to 

loading damaged and undamaged area Δфd,s was 

calculated using the formula  

 

∆ɸd,s = ɸs - ɸd 1. 
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2.3.DCB Tests 

DCB tests according to JIS K 7086 were conducted 

for both delamination depths. A Shimadzu 

servopulser with a 500 N load cell and servo 

controller 4830 was used. The specimens were 

loaded with a pin-fixture specified in the appendix 

of JIS K 7086 allowing a compensation of the 

orientation of the blocks if necessary. Crack 

propagation and delamination opening were 

measured with a Keyence digital microscope system 

VHX 500 with a VH-Z75 microscope allowing 

magnifications from 75 x to 750 x. The included 

software allowed digital measurement of 

delamination opening at each marker[10].  

At first a regular DCB test was conducted, where the 

crack was propagated to approx. 50 mm length. 

During unloading the process was interrupted and 

the load held to allow a thermography measurement 

at constant delamination opening. After that, 

unloading was continued until interrupted for the 

next PPT measurement. During each interruption the 

delamination opening at each marker was measured 

with the microscope. Fig. 1 shows the experimental 

set-up and expected results for the different 

delamination openings.  

For evaluation, the average phase value of the line 

profile of 2/3 of the specimen width was extracted 

for the frequency yielding maximum contrast.  

Main uncertainty of the DCB tests is whether the 

very simplified specimens with their limited width 

and open sides of the delaminations also describe the 

behaviour of laminates with closed delamination. To 

investigate this, CAI tests under compression loads 

were investigated.  

 

2.4.CAI tests 

CAI tests according to ASTM D 7137-05 were 

carried out to investigate the delamination opening 

caused by buckling during compressive loads and its 

influence on thermography results. The testing 

routine was altered in a way that allowed to stop the 

loading and to hold it at a constant level. At these 

points PPT measurements were carried out and the 
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Fig. 3: Phase angle difference over delamination opening for DCB specimen with delaminations 

in 1 and 2 mm depth 
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specimen thickness along two lines perpendicular to 

loading direction was determined using a 

micrometer. For this, a cut out was machined into 

the clamp. However, this cut-out was machined in 

such a way that global buckling of the specimens 

was hindered. After these measurements the 

specimens were unloaded and removed for 

ultrasonic c-scans. After determination of the 

damage size the specimens were loaded again to the 

next higher load level and the procedure was 

repeated. Again, the averaged values along the two 

line profiles of the PPT measurements were 

extracted where the thickness was measured from 

which the delamination opening was calculated.  

 

3.Results and discussion 

3.1.DCB tests  

During the DCB tests a stable crack growth was 

observed throughout the entire experiment. The load 

displacement curves indicate that no further crack 

growth occurred during the interruption, when the 

PPT measurement was conducted. Furthermore, the 

load-displacement curves show that no excessive 

fibre bridging was present, which was confirmed 

with the microscope.  

The DCB tests show that with increasing 

delamination opening the phase contrast between the 

delamination and the sound material of the specimen 

increases (Fig. 2). Furthermore, difference in the 

location of the crack tip was detected between the 

thermography result and actual observation by 

optical microscope. This is attributed to thermal 

blurring induced by the uni-directional fibres in the 

DCB specimens, which lead to anisotropic thermal 

properties, thus shifting the actual crack starting 

point as observed on the surface of the part and the 

possibility of a meniscus crack front which is often 

observed for DCB tests.  

Fig. 3 shows the logarithm of the delamination 

opening vs. the phase contrast of two specimens, 

each for a delamination in one and two millimeter 

depth. Despite some small scatter the curves show 
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Fig. 5: Phase angle difference over delamination opening for each two DCB and CAI 

specimen with a delamination in 1 mm depth 

the reproducibility of the experiments, as the values 

for the two specimens shown of each delamination 

depth lie in the same range. It has to be noted that 

further specimens were tested but omitted in this 

graph for more clarity. For each delamination depth 

a linear behavior in a logarithmic scale can be used 

to describe the change of phase contrast over 

delamination opening. This remains true until the 

phase contrast reaches a maximum value, after 

which no further increase is observed, despite a 

growing delamination opening. However, this is not 

observed until a delamination opening of at least 0.6 

mm is reached. Accordingly, the practical relevant 

cases can all be described with this fit. Additionally, 

the curve of the 1 mm deep delamination starts with 

an offset. This is attributed to interferences of the 

thermal wave reflected at the backside of the 

specimens and the thermal wave reflected at the 

crack tip.  

The slope of the linear fit varies depending on the 

thickness of the specimens and the delamination 

depth. This means, the closer the delamination to the 

surface, the more sensitive it becomes to changes of 

delamination opening. Furthermore, delaminations 

closer to the surface yield higher phase difference 

saturation values.  

3.2 CAI tests 

Ultrasound c-scans after unloading showed that no 

delamination growth occurred during the static 

loading even for loads near failure load.  

The results of the CAI tests complement the findings 

of the DCB tests. Fig. 4 shows the phase angle 

difference and specimen thickness over the 

specimen width for various compressive loads, 

where 0 mm denotes the point at which the impact 

damage was introduced. Similar saturation values 

for the maximum phase angle difference are 

observed for the loads of 20 and 42 kN when 

compared to the 2 mm deep delamination. The only 

difference between these two curves is the wider 

buckling of the delamination, which does not occur 

until high loads are reached. As seen in the 

experiments the maximum phase angle difference 
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does not increase further despite the significant 

increase of specimen thickness, i.e. the delamination 

opening.  

As expected, the CAI tests showed for the 

specimens, where the delamination was 0.5 mm 

depth that the slope in the semi-logarithmic plot 

increased compared to the other specimens. 

Nevertheless, the maximum phase angle difference 

was in the range of 0.3 rad, as also found for the 

other CAI and the DCB tests.  

To verify whether the DCB tests are a suited method 

to determine the correlation between delamination 

opening and phase angle difference the values for 

each two DCB and CAI specimens are plotted in 

Fig. 5. Both experiments yield curves of comparable 

slope. However, the measurement range for different 

delamination openings is larger for the DCB test. 

Furthermore, the accuracy of determining the 

delamination opening is higher when using the 

travelling microscope compared to a micrometer. 

The only difference between the DCB and CAI tests 

seems to be that the maximum value for the phase 

angle difference of the CAI tests is limited to 0.3 

rad, while DCB tests show changes of up to 0.4 rad. 

This is probably attributed to the open sides of the 

DCB test compared to the closed delamination of the 

CAI test. While the heat is retained in the closed 

delamination, convection in the opening of the DCB 

specimen allows significantly faster cooling for 

large openings, thus increasing the maximum change 

of phase contrast. However, these values are 

observed for large delamination openings and thus 

they can be regarded as non-relevant for practical 

applications. Additionally, the delamination opening 

measurement of the CAI tests is indirect, as it is 

calculated from the thickness measurements. 

Formation of further delaminations, even though not 

likely, could influence the results, therefore reducing 

the accuracy. Hence, it can be concluded that the 

presented DCB method to investigate the influence 

of delamination opening on the phase contrast yields 

accurate results despite some differences to closed 

delaminations.  

 

4. Summary and outlook 

In this work the influence of delamination opening 

in CFRP laminates on the phase angle difference of 

PPT measurements was investigated. Standardized 

testing methods such as DCB and CAI tests were 

used in combination with carefully chosen lay-ups to 

yield defined delamination openings for 

thermography measurements. The DCB method 

proved to be more accurate due to the measurement 

techniques applied and showed no significant 

difference when compared to CAI tests, despite the 

fact that the investigated delamination is open on its 

sides.  

A logarithmic-scale linear relationship was found, 

enabling a prediction of the phase response 

depending on the opening. Especially for small 

changes of delamination opening, high changes in 

the phase angle difference are observed. 

Delaminations closer to the surface prove to be more 

sensitive to changes in delamination opening and 

yield higher values for phase angle difference.  

These results allow adjusting testing procedures 

according to loading conditions of the inspected 

part, thus improving the application range of PPT.  

Numerical simulations allow a fast variation of 

parameters to fully describe the relationship of 

delamination opening, phase angle difference and 

delamination depth. These investigations are 

currently under development.  

Future efforts will be aimed at broadening the 

findings of these studies with modified DCB 

specimen, where multiple delaminations in different 

depths in one specimen can be propagated towards 

each other or on top of each other. This way the gap 

between the simplified experiments shown in this 

study and complex or realistic cases, where a 

multitude of delaminations form between the lamina 

overlapping each other in projection to the surface, 

can be closed.  
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1 Abstract 

At the aim to investigate about the dynamic response 
of a new composite material made of basalt fibre in 
epoxy resin, low velocity impact tests were carried 
out on specimens different in thickness. The results 
of the tests at complete penetration so that at 
different impact energy levels were used to 
investigate about the influence of the impact 
parameters: the maximum force, Fmax, was found to 
be a good one to compare data obtained in different 
conditions. The absorbed energy was evaluated too, 
together with the impact energy and the penetration 
one, giving the possibility to individuate a threshold 
value below which no damage is present in the 
laminate. Particular attention was paid on the 
internal damage: a deply technique was adopted to 
evaluate the delamination extension and the fibre 
failure length at each interface. The effect of a low 
velocity impact is localized around the impact area 
and a small extension of the delamination was 
observed denoting a different way of energy 
absorption. 
 
 
2 Introduction  

Many studies were devoted to understanding the 
response of composite materials to impact, 
identifying the damage mechanisms [1-5] and their 
effect on residual properties [3,6,7]. However, many 
aspects remain quite obscure yet like the way 
through which the initial energy of the projectile is 
absorbed by the laminate. The absorption of 
irreversible energy plays a fundamental role in the 
development of composite materials with improved 
impact resistance. For example, Sutherland and 
Guedes Soares [8] and Delfosse and Poursartip [9] 
tried to identify the mechanisms of energy 
absorption in a laminate during low-velocity impact, 
correlating the energy loss with the observed failure 
modes. 

In the present work, following the approach of the 
above mentioned authors and analyzing the results 
of impact tests carried out on basalt fibre laminates 
in different thicknesses, it was tried to identify the 
internal damage caused by an accidental dynamic 
load of a material not so much studied yet. After the 
experimental tests, the specimens were deplied and 
the delamination and the fibre failures were 
measured layer by layer and were correlated to the 
impact energy. Interestingly, a different mechanism 
of delamination propagation along the thickness 
together with small damage area were observed. The 
latter was found to be concentrated under material-
impactor contact point. An energy threshold value, 
below which no damage is present in the laminate, 
was individuated. 
 
 
3 Materials and test methods 

Impact tests were carried out on basalt fibre 
reinforced plastics (BFRP). Laminates, 300 mm x 
300 mm in plane dimensions, were obtained through 
infusion technology. The reinforcement employed is 
basalt dry fabrics, 200 g/m2, plain-weave, in epoxy 
matrix, Becor SX10M + Hardness SX10M. A 
sufficient number of plies were overlapped 
following the stacking sequence: [(0,90)/(+45,-
45)]ns, with n=2 to 4, leading to nominal thickness of 
1, 2 and 3 mm and a fibre volume fraction Vf = 50%. 
From the laminates, square specimens 70 mm in side 
were cut by a diamond saw. 
Impact test were carried out on a drop weight testing 
machine, Ceast Fractovis MK4, using a semi-
spherical nose indenter, 19.8 mm in diameter. The 
samples were simply supported on a steel plate with 
a circular opening 50 mm in diameter, and struck at 
their centre. To avoid multiple impacts, the tup was 
caught on the rebound by a brake available in the 
testing machine. 
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A first series of tests, to obtain the complete Force-
displacement (F-d) curve up to penetration, was 
carried out.  
Then, at the aim to investigate about the damage 
start and propagation, three characteristic energy 
levels in correspondence of characteristic points on 
the increasing part of the load curve, were selected. 
These points, highlighted by changing in slope or 
load drops on the curve, are related to what happens 
inside the material in terms of damages. Since the 
most significant failure modes was often found on 
the increasing first part of the load curve [10-12], the 
variable energy values were chosen on the impact 
curve up to the maximum force. 
In this second series of tests, labeled as indentation 
tests, the chosen energy levels were reproduced by 
combining the drop height and three masses (M=3.6, 
5.6, 7.6 kg). 
At least three impact tests were performed for each 
experimental condition. 
At the aim to study the ply-by-ply damage extent 
and type, a small hole 1 mm in diameter was drilled 
at the impact point of some selected specimens. 
They were, then, immersed in a dye penetrant until 
the projected delaminated area was completely 
imbibed by the red ink (see Fig. 1). At the end, the 
specimens were dried for a time, and carefully 
deplied with the help of moderate heating. The 
delaminated area in correspondence of each 
interlaminar surface was measured by CAD 
software, and the in-plane length of broken fibres 
was evaluated by an optical microscopy. Since the 
very difficult and long procedure, just one specimen 
per each condition was diplied. 
 

 
Fig. 1. Darker area representing delamination in a single 

layer after deplying. 

 

4 Results 

4.1 Load curve 

Typical impact curves recorded during the 
perforation tests, obtained for various panel 
thicknesses, t, are collected in Fig. 2. Irrespective of 
t, all the curves reveal common features. At low 
displacement, the material behaviour is elastic, but 
contrary to what often found [10-13] it is not 
disturbed by significant dynamic oscillations that 
usually are more marked, the thicker the panel is. 
Another difference noted is the lack of the sequence 
of sudden load drops at a sufficient high load, 
generally indicating significant failure. For this 
reason, not more than three points were selected on 
this part of the curve to obtain the energy levels for 
the indentation tests. 
Around the peak load, load drops, suggesting major 
damage, are observed. Finally, the force begins to 
smoothly decrease, until the complete perforation.  
For a fixed displacement, an increase in panel 
thickness, t, results in a clear increase in the contact 
force and in initial rigidity (Fig. 2).  
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Fig. 2. Typical force-displacement curves recorded during 

the perforation tests. Different thickness. 

4.2 Delaminated area 

The ply-by-ply damage was quantified by the total 
delaminated area, At, determined as the sum of all 
the delaminated areas, layer by layer, evidenced by 
the red ink after deplying, and the total length of 
broken fibres, Af. With the symbol Amax, the 
maximum in plane extension of the delaminated 
area, also called projected delaminated area [13], 
was indicated. Generally, delaminations are 
generated from the cracks in the matrix at interfaces 
between plies with different orientations, mainly 

t 
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propagating in the direction of the fibres in the lower 
ply, and extending the more, the larger is their 
distance from the contact point [13]. This, usually, is 
more pronounced in thin laminates where the 
bending effect produces delaminations in the 
opposite layers respect to the contact point [16]. 
In the present case, very small delaminations were 
found on the specimens 1 mm in thickness (Fig.3). 
Of course, at the increasing of the impact energy, 
larger delaminations were observed. However, 
looking at Fig. 3, only for very low impact energy 
no damage was found under the impactor contact 
point (left side in the figure) whereas, as expected, it 
increases along the thickness up to the opposite side. 
The higher energies allow delaminations under the 
contact point, maximum in the middle and nil on the 
opposite side. This behavior is very similar to what 
happen, in general, for thick laminates, where the 
bending effect is negligible and the contact force 
assumes an important role.  
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Fig. 3. Delaminated area layer by layer: t = 1 mm. 

 
In Figs. 4 and 5, the delaminated areas layer by layer 
at the increasing impact energy, were shown for the 
laminates 2 and 3 mm in thickness. In these two 
thicker laminates, delamination was always found in 
each layer, also between layers with the same 
orientation. In both cases, for the two lower impact 
energy values, the delamination is maximum in the 
middle of the thickness whereas it assumes more or 
less the same lower extension in the external layers. 
The higher impact energy generates a more constant 
trend of delamination propagation along the 
thickness, irrespective of the orientation between 
two successive plies. 
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Fig. 4. Delaminated area layer by layer: t = 2 mm. 
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Fig. 5. Delaminated area layer by layer: t = 3 mm. 

 
In Figs. 6, a comparison between the layer by layer 
extent of the damage in glass and basalt laminates 
with the same stacking sequence and in the same test 
conditions, is reported.  
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Fig. 6. Delamination layer by layer: comparison between 

basalt (square symbols) and glass (rhombus symbols) 
laminates. t = 3 mm. 
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The difference in the distribution along the thickness 
of the delamination, more constant for the basalt 
composites, denotes a different energy absorption 
mechanism. Moreover, glass laminates showed no 
delamination between some layers in the middle and 
the maximum delaminated area on glass laminates is 
larger than the basalt one.  
In Figs. 7 and 8, the total delaminated area, At, and 
the maximum in plane extension of delamination, 
Amax, are plotted against the impact energy, U: linear 
trends, different in slope for each analyzed 
thickness, were observed.  
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Fig. 7. Total delaminated area, At, as a function of impact 

energy, U. 
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Fig. 8. Maximum delaminated area, At, as a function of 

impact energy, U. 
 
At the aim to find the right parameter to compare 
data obtained in different conditions, very useful for 
the prediction models, as already done for the 

indentation depth [14, 15], the total delaminated area 
was plotted against the non dimensional energy, 
U/Up (Fig. 9). Contrary to what found in [14, 15], 
the data are separated again denoting the 
inappropriate role of the non dimensional energy in 
comparing data from different conditions. The same 
was noted for the projected delaminated area. 
Moreover, for a fixed impact energy, increasing the 
thickness results in larger delamination extent. This 
behaviour is in contrast with what usually found for 
glass and carbon laminates [13, 16] denoting again a 
different way to absorb the impact energy. 
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Fig. 9. Total delaminated area, At, as a function of the non 

dimensional energy, U/Up. 
 
The same data from Figs. 7 and 8 were, then, plotted 
against the maximum load (Figs. 10 and 11), Fmax: a 
single linear trend, irrespective of the thickness, was 
observed. It means that the maximum force could be 
the right parameter to compare data obtained in 
different conditions. Also in [12, 16, 17], the force 
instead of the energy was studied to predict the 
impact behaviour, in terms of damage, on 
composites. 
The equation: 

At = 0.4862 Fmax – 1591.7     (1) 

obtained by best fitting the experimental points, 
graphically represents the solid line in Fig. 10, 
whose minimum coefficient of correlation was 
R2=0.97. 
Putting At=0 in Eq. (1), the intercept of the straight 
line with the x�axis, Fmax= 3274 N, is easily 
calculated. This represents the threshold value for 
the beginning of the damage and it means that below 
this value of maximum load no delamination is 
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present in the laminate, whichever the panel 
thickness. 
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Fig. 10. Total delamination, At, vs. maximum force, Fmax. 
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Fig.11. Projected delamination, Amax,  vs. maximum load, 

Fmax. 

The same procedure was adopted in figure 11 where 
the maximum extent of the delaminated area was 
reported against the maximum load. Fmax = 2800 N 
was found as the x intercept and considering the 
possible errors made in measuring the delamination 
extensions in both the techniques, the value can be 
considered very close to what obtained for Atot. 
As noted for other laminate configurations [9, 18], a 
linear trend also correlates the projected and total 
delaminated areas (Fig. 12). Therefore, knowing 
Amax gives a good belief of the actual delamination 
occurring in the material. 
However, looking at the slopes in Fig. 12, it is 
possible to assert that the same projected 

delamination implies a total delaminated area being 
the larger, the thicker the composite is. This 
confirms what noted in Figs. 7-9 denoting a different 
behaviour respect to the classical laminates [13, 16]. 
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Fig. 12. Projected delamination, Amax, vs. total 

delaminated area, At. 
 
However, looking at figure 13 where the same data 
from Fig. 12 are reported, it seems that, with a very 
good approximation (R2=0.98), it is possible to 
believe that also a single linear trend could fit all the 
data showed in the previous figure, irrespective of 
the thickness. Since the slope of the curve, drown by 
hand for simplicity, decreases at the increasing of 
the total delamination, it highlights the importance 
to know exactly what happen inside the laminate 
along the thickness respect to what is observable in 
plane. The maximum extent of the damage tends, in 
fact, to grow slower whereas inside the material the 
damage becomes more serious. Of course, more data 
are necessary to be sure of the exact behavior. 
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Fig. 13: Projected delaminated area, Amax, against total 

delaminated area, At. Single linear trend. 
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In Fig. 14, the length of the delamination, D, 
obtained by a microscopic observation the section 
passing through the centre of the impact point, was 
plotted against the impact energy.  In agreement 
with what found for classical laminates [13, 16], in 
correspondence of the same impact energy, the 
length of delamination is the larger the thinner the 
laminate is (Fig. 14). 
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Fig. 14. Delamination lenght, D, against impact energy, 
U. 

This is apparently in contrast with what found about 
the delaminated area. However, it is necessary to 
consider that the length of the delamination was 
measured in correspondence of a section of the 
specimen obtained by a cut passing through the 
impact point along one direction (figure 15). Since 
the shape of the lobe of the delamination along the 
fibre direction, the cut along the perpendicular 
direction could be larger or smaller than what 
measured and so, it could change the trend. 

 

Fig. 15: Magnification of a cross section. t = 3 mm, U = 
20 J.  Arrow: impact side. 

Usually [10-12], the most severe impact damages 
were found on the first part of the load curve up to 
the maximum force. 
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Fig. 16: Projected delaminated area, Amax, against the 

maximum load, Fmax. Comparison with penetrated 
specimens. 

 
This is the reason that lead to choose the variable 
energy levels, useful to investigate about the damage 
start and propagation, on this increasing part of the 
load curve. However, comparing the delamination 
extents measured on the penetrated laminates, with 
the measured values obtained in correspondence of 
the impact tests at different energy values, in figure 
16, a significant larger extent on the penetrated 
specimens was observed denoting a severe damage 
propagation also after the maximum load. This, 
again, represents a different impact behaviour of 
basalt laminates that showed the ability to work also 
after the maximum force. 
 
4.3 Absorbed energy 

In [19], the measured non-dimensional values Ua/Up, 
where Ua represents the absorbed energy for damage 
creation and Up the penetration one, for laminates 
like the ones analyzed here, were plotted against 
U/Up and a bi-linear trend was evidenced. As 
highlighted by Sutherland and Guedes Soares [8], 
the knee of the bilinear trend denotes the onset of 
fibre damage. It was found in correspondence of 
U~0.16Up for basalt laminates: for an energy equal 
to 16% of the penetration energy, the fibre failure 
starts. This value is lower than CFRP laminates but 
higher than glass fibre ones, denoting a better 
behaviour respect to glass fibre.  

t=3 mm
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However, the same data was reconsidered here and a 
single linear trend was thought to better fit the 
experimental data (Fig. 17). 
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Fig. 17. Non dimensional absorbed energy, Ua/Up, against 

non dimensional impact energy, U/Up.  

The following equation: 

Ua/Up= 0.8722U/Up – 0.0897  (2) 

obtained by best fitting the experimental points, 
graphically represents the solid line in Fig. 17 whose 
minimum coefficient of correlation was R2=0.94. 
Putting Ua/Up=0 in Eq. (3), the intercept of the 
straight line with the x�axis, U/Up=0.103, is easily 
calculated. Therefore, when the initial energy is 
lower than a threshold value, in the present case 
10% of the perforation energy, a perfectly elastic 
impact should occur, whichever the panel thickness. 
At 10% of the penetration energy, the first damage 
starts in the impacted laminate under matrix crack 
and delamination form [1, 9, 20-23]. It is so 
conceivable that, after that and in correspondence of 
16% of Up, the fibre begin to failure [19]. 
 
4.4 Fibre failure 

The total length of fibre failure, as the sum of the 
fibre failures in each layer observed by an optical 
microscope, was reported against the impact energy 
in Fig. 18. 
As it can be simply deduced by the graph, no 
significant fibre failures were found in the thinnest 
laminates, t = 1 mm, as they was not reported. This 
could be due to the bending effect that allow the 
absorption of all the energy necessary for the 
damage, producing in this case only delamination. 
For the thicker laminates, a linear trend was 

observed, with the length of fibre failure increasing 
at the increasing of the thickness. 
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Fig.18: Fibre failure length, l, against impact energy, U.  

The variation of visible broken fibre length with U is 
substantially linear,  
In Fig. 19, the total length of fibre failure is reported 
as a function of the total delaminated area.  
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Fig.19. Fibre failure length, l, against total delaminated 

area, At.  

As already found [13], the single trend, highlighted 
by the solid line, suggests that the general damage 
state (i.e. the overall quantity of delaminated areas 
and the broken fibres in the material volume) can be 
described by a single parameter, independently of 
the composite thickness.  
By comparing the load forces and the broken fibre 
length (Fig. 20), an interesting result was observed: 
the fibre begin to broke as the force approach its 
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maximum value, where significant oscillations were 
found.  
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Fig. 20. Fiber failure length location on the impact load 

curve. 

As already said at the beginning of the paper, when 
the shape of the F-d curve was described, differences 
were found with classical trends of the load curves. 
Here, in fact, the curves are not disturbed by 
significant dynamic oscillations nor for the thicker 
panels and they don’t present the sequence of 
sudden load drops at a sufficient high load, generally 
indicating significant failure. The latter are present 
only around the peak load where the experimental 
points, indicating broken fibres, are located. It could 
confirm the useful of the load curve in giving 
information about the internal damage and underline 
the different damage mechanism of the basalt 
laminates respect to carbon and glass ones. 
 
 
4. Conclusions 

With the present work, a tentative was done to 
understanding the impact behaviour of a new 
composite materials, made by basalt fibre, not so 
much investigated yet. From the general results, it 
seems that its behavior in terms of internal damage, 
as a consequence of a dynamic load, is better than 
classical composites.  
From the results of low velocity impacts on 
laminates different in thickness, the following main 
conclusions can be drown: 

- delaminations were found in each layer also 
with the same orientation and more 
uniformly distributed along the thickness at 
the increasing of the impact energy; 

- a different way to absorb the impact energy 
was noted since the increasing of the 
thickness resulted in larger delamination 
extent; 

- the maximum force was found to be the 
right parameter to compare data obtained in 
different conditions. The threshold load 
value for the beginning of the delamination 
was individuated too; 

- the ability of basalt laminates to continue to 
support loads also after the maximum force 
was highlighted by larger delamination 
extents after the maximum peak of the load 
curve; 

- the energy values for the beginning of 
delamination and fibre fracture were 
individuated; 

- the importance of the load curve as a map of 
the impact behaviour was highlighted here 
since fibre failure were correlated with the 
oscillations around Fmax. 

Of course, these conclusions are obtained on the 
base of few investigations since the difficult and 
long technique. It would be very interesting in the 
future to validate them with more data. 
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Abstract 

This paper shows the development of an automated 
production technology for MRI-safe medical devices 
made from fiber-reinforced plastics.  
To meet the requirements for minimal invasive 
medical devices, the new micro-pullwinding 
technology has been developed. This technology 
allows the adjustment of tensile, bending and 
torsional stiffness and strength of miniaturized fiber-
reinforced profiles independent from each other. It 
allows to vary the stiffness along the length of the 
profile without interrupting the process. This 
manufacturing technology was developed, built up 
and tested by the Fraunhofer Institute for Production 
Technology IPT in Aachen, Germany.  
A guide wire based on a profile made with the 
micro-pullwinding technology was developed in 
cooperation with industrial partners and medical 
experts. The performance of the guide wire 
regarding the mechanical properties, visibility in 
MRI and usability was successfully investigated. 

 

1 Background  

Fiber-reinforced plastics (FRP) cannot only be used 
for lightweight production, but are also perfectly 
suitable for medical applications because of their 
anisotropic material properties and the wide range of 
available fiber and matrix materials. 
 
Out of the various applications of FRP for medical 
devices there are some examples that use the 
advantages of fiber-reinforced plastics in particular. 
Prosthetic implants like total hip replacements are 
typically made of metallic or titanium alloys. But the 
high difference in the stiffness of bone and the 

implant leads to a reduction of the bone density 
around the implant. 
Because of Wolff's law healthy bone will remodel in 
response to the applied loads. Therefore, if the load 
on a bone decreases, the bone will become less 
dense and weaker because there is no stimulus for 
continued remodeling that is required to maintain 
bone mass. The effect is called “stress shielding” 
and leads to a loosening of the prosthesis and 
weakening of the bone structure.  
 
When fiber-reinforced plastics are used for the 
design of an implant, the inner structure and the 
mechanical properties can be precisely adjusted. 
Therefore stiffness and load transmission properties 
are much more similar to the bone than metal alloys 
or other isotropic materials. It has been shown, that 
with hip prostheses made of FRP high loads can be 
taken and stress shielding effects can be avoided. 
 
The same advantages can be used for the surgical 
treatment of bone fractures. Trauma implants like 
nailing or plating systems made of FRP are 
lightweight, can take high loads and show good 
damping properties. Furthermore, fiber-reinforced 
plastics cause no artifacts in medical imaging like 
CT or MRI, so these materials are even more 
suitable for the use in implants [1].  
The advantage of artifact-free imaging make FRP 
products to a superior material choice for medical 
products used in minimal invasive surgical 
interventions. 
 
This form of surgical interventions has been 
established in the last twenty years and is today 
widely used for all kinds of interventions. Unlike 
open surgery, which requires a long incision, 
minimal invasive procedures are performed through 
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one or more small incisions. For most patients, this 
leads to significantly less postoperative pain, a 
shorter hospital stay, faster recovery and, in some 
cases, a better overall outcome. Minimal invasive 
surgery may also allow more people, some of whom 
might not be candidates for open surgery, to undergo 
surgical repair. 
Minimal invasive interventions can be performed to 
treat a wide range of diseases: Vascular extensions 
(e.g. of the coronary arteries or kidney arteries), the 
placement of stents, tumor related embolization of 
the kidney arteries and many other surgeries. For all 
of these interventions imaging techniques are 
required to navigate the instruments through the 
body. 
The imaging techniques used for such interventions 
are currently based on X-rays. But for many 
procedures Magnetic Resonance Imaging (MRI) 
provides far better images, due to the more detailed 
representation of soft tissues than with X-Ray based 
imaging methods like digital radiography or CT. 
Additionally, there is no harmful radiation exposure 
to patients and medical staff. This is of particular 
importance for the treatment of pregnant women and 
children and has already provided pediatricians with 
new therapeutic options. 
 
As the basic principle of MRI imaging is based on 
strong magnetic fields, metallic materials cause 
image distortions in MRI, may become hot or even 
get attracted towards the magnet field. Many state-
of-the art instruments for minimal invasive surgery 
consist of metallic components and are therefore not 
suitably for the use in MRI.  
As can be seen in the example in figure 1, a 
conventional steel needle creates an artifact in MRI 
imaging that distorts the image around the needle 
and makes it impossible to navigate properly. This 
artifact, known as susceptibility artifact, occurs as 
the result of gradients in the magnetic field strength 
occurring near the interfaces of substances of 
different magnetic susceptibility. The imaging result 
is a bright and dark area with a spatial distortion of 
the surrounding anatomy. 
When a non-metallic instruments is used while MRI 
imaging, such as a carbon fiber reinforced (CFRP) 
puncture needle, no susceptibility artifact or any 
other distortion is visible, which makes the 
instrument perfectly to navigate.  

To use MRI imaging during minimal invasive 
interventions the development of new MR-safe 
surgical instruments is required [3]. 
 

50 mm

CFRP puncture
needle (ø 0,8 mm)

conventional steel
puncture needle
(ø 0,8 mm)

50 mm

CFRP puncture
needle (ø 0,8 mm)

conventional steel
puncture needle
(ø 0,8 mm)

 
Fig. 1. Comparison of a conventional metallic puncture 
needle and a CFRP puncture needle under MRI imaging 
[2]. 
 
Fiber-reinforced plastics are suitable for designing 
minimal invasive medical devices bacause they 
combine high specific mechanical stiffness and 
strength, defined chemical, electrical, and magnetic 
properties, as well as biocompatibility and full 
compatibility for all imaging methods including 
MRI. 
 
For the manufacturing of such miniaturized medical 
devices made of fiber-reinforced plastics, 
Fraunhofer IPT has developed a continuous and 
automated production process, the micro-pultrusion 
technology. 
Whereas the dimensions for profiles manufactured 
with state-of-the-art pultrusion machines are 
between a few mm up to several cm, Fraunhofer IPT 
focuses on the pultrusion of miniaturized profiles. 
Diameters down to 200 micrometers can be 
manufactured using the equipment at Fraunhofer 
IPT. Especially for minimal invasive medical 
devices low diameters are necessary [4, 5]. 
Examples for these devices are puncture needles, 
catheters or guide wires used in MR-guided 
interventions. Figure 2 shows the cross-section of a 
glass fiber reinforced profile made by micro 
pultrusion used as body material for a guide wire. 
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Fig 2. Theoretical fiber volume content of the micro-
pultrusion process 
 
Due to the hexagonal packing density the highest 
possible fiber volume content using the pultrusion 
technique is ca. 90 % (see figure 2). The fiber 
volume content that can be reached with the micro-
pultrusion process is more than 80% and thus nearly 
as high as possible (see figure 3). 
 

200 μm

20 μm

 
Fig. 3. Cross-section of a micro-pultruded glass fiber 
reinforced profile  
 
By reducing the diameter of the micro-pultruded 
profiles, a totally new set of challenges emerges, 
requiring the development of a substantially new 
process technology. The process forces of the micro-
pultrusion process are mostly generated by the 
friction of the profile surface in the die. As the cross-
section is a function of the square of the radius and 
the surface is a function of the radius, the ratio of the 
cross-section to the surface area decreases with 
decreasing diameter. Therefore the number of 
filaments in the profile that have to bear the surface 
friction forces is significantly lower than in standard 
pultrusion processes (see figure 4). The optimization 
of the process parameters for micro-pultrusion is 
even more important compared to state of the art 
pultrusion [4]. 
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Fig 4. Relation of profile diameter to surface of a micro-
pultruded profile 
 
Several medical devices for minimal invasive 
interventions have been developed at Fraunhofer 
IPT using this technology. Among other devices, a 
glass fiber reinforced guide wire has been designed, 
manufactured and tested in preclinical and first-in-
man studies [6]. Guide wires (see figure 5) are used 
as a guide for subsequent insertion of stiffer or 
bulkier instruments like catheters into a confined or 
tortuous space. 
 

 
Fig 5. Glass fiber reinforced guide wire 
 
To allow an optimal guiding through the body, the 
guide wire has to show different mechanical 
properties over its complete length. The distal tip has 
to be soft and flexible to avoid perforations of the 
vessels, but the proximal end has to be stiff to allow 
a precise guiding and to take up the forces that are 
applied by the user. Because profiles manufactured 
with the pultrusion technique cannot have different 
mechanical properties along the length, the FRP 
guide wire made by micro-pultrusion faces these 
requirements by connecting a stiff FRP profile with 
a flexible tip made from nitinol [7]. 
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2 Methods 

Because guide wires are used as disposables, a more 
automated manufacturing process is required. The 
manual assembly of the stiff FRP profile with the 
nitinol tip is not cost-effective enough to gain a 
benefit over commonly used products. 
The mechanical properties of the developed guide 
wire were sufficient, but not superior to state-of-the-
art products. Due to the manufacturing process that 
only allows one direction of the fiber orientation, 
there were certain limitations in the design of the 
body. 
 
To manufacture the body of the guide wire in one 
process with the possibility to adjust different 
mechanical properties along the length (i.e. to avoid 
a second assembly step), a new manufacturing 
technology based on micro-pultrusion, the micro-
pullwinding technology was developed by 
Fraunhofer IPT. 
 
The pullwinding process is a combination of the 
pultrusion and filament winding technique. Fibers 
are pulled from a roving unit through a resin bath 
and a die comparable to the pultrusion process. The 
pultruded profile is then wrapped and consolidated 
with additional layers of fibers in winding units. By 
the additional layers the mechanical properties of the 
profile can be enhanced significantly to profiles 
produced using the micro-pultrusion process [8]. 
Figure 6 shows the principle of the pullwinding 
process. 
 

 
 

Fig. 6. Principle of the pullwinding process 
 
The advantageous mechanical properties of 
pullwound profiles compared to standard pultruded 
profiles result from the fact, that mechanical forces 
on fiber-reinforced plastic components in general are 
mainly absorbed by the reinforcement fibers. Those 
fibers can transmit forces only along their axis. Thus 
fiber-reinforced profiles are highly anisotropic and 

dependent on the fiber orientation. The fibers in 
pultruded profiles are orientated parallel to the 
pulling direction (zero degree) due to the production 
principle. Pultruded profiles show therefore high 
tensile and bending stiffness and strength, but poor 
properties in torsional and radial direction. By 
winding additional layers of reinforcement fibers 
around a pultruded profile, the properties of the 
profile in torsional and radial direction can be 
significantly improved. By varying the fiber 
orientation of these layers, the torsional stiffness and 
strength also can be adjusted independently from 
bending and tensile stiffness. The fiber orientation of 
the wound layers can be set theoretically from zero 
degrees (no rotation of the winding units) to ninety 
degrees (infinite rotational velocity). 
State of the art pullwinding profiles are stiff tubes 
starting with about 10 mm in diameter, used for ski 
poles or feed pipes where high pressure resistance or 
high torsional stiffness is recommended [9]. 
 
There are two main advantages of the pullwinding 
technology in general:  
First, the possibility to adjust the mechanical 
properties of the profile by variation of the fiber 
orientation within the different layers.  
Second, the possibility of changing the layer 
structure during the continuous manufacturing 
process. When the rotation of the winding units is 
continuously accelerated and the pulling speed 
remains constant, the angle of the wound fibers 
becomes higher. Therefore it is possible to produce a 
profile with changing winding angles and changing 
the mechanical properties in a continuous process. 
 
For the manufacturing of minimal invasive devices a 
new micro-pullwinding system was built up at 
Fraunhofer IPT (see figure 7). According to the 
miniaturizing of the pultrusion process the same 
challenges had to be considered for the development 
of the micro-pullwinding system. A precise force 
measurement for each of the tools is integrated to 
optimize the process. With the developed system 
multidirectional reinforced micro-profiles with 
diameters down to 500 µm with a line speed of up to 
2.3 m/min can be manufactured fully automated. 
 
As the system is designed to produce profiles for 
medical devices, some additional features are 
required. The pullwinding system is therefore 
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equipped with a laminar flow system, which 
establishes cleanroom conditions with the help of a 
laminar air flow from the top of the system. A 
database which records all the process parameters is 
required for a consistent documentation of the 
manufacturing process  
 

 
 

Fig. 7. Micro-pullwinding system at Fraunhofer IPT 
 

3 Results 

The Fraunhofer IPT is developing an innovative 
MRI-safe guide wire using this micro-pullwinding 
technology. The possibility to adjust tensile, bending 
and torsional stiffness independent from each other 
and to vary the stiffness along the axial length of the 
profile, allows the design of a guide wire with 
optimized mechanical properties. The avoidance of 
ferromagnetic material qualifies the guide wire for 
MRI, ultrasound and X-ray imaging. 
 
Figure 8 shows the design of the guide wire. The 
pultruded core (1) provides the minimal bending 
stiffness along the complete length. The wound 
layers (2 and 3) provide the torsional stiffness as 
well as additional bending stiffness. Furthermore the 
breaking strength is significantly improved by these 
layers as well. To provide the same high torsional 
stiffness in both rotational directions, which is 
necessary for a proper steering of the wire through 
the body, two layers with inverted winding angles 
are wound around the core. 
The required medium bending stiffness and high 
torsional stiffness along the wire is in this set-up 
achieved with winding angles of ca. +45° / -45° 
around the pultruded core. At the distal tip of the 
wire a low bending stiffness is required, so the wire 

can be navigated at junctions of vessels with a 
reduced risk of perforation. The so called “floppy 
tip” is achieved by a high winding angle to adjust 
the lowest bending and torsional stiffness and hence 
the required flexibility for a navigation without any 
trauma. 
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Fig. 8. Design of the new guide wire with tailored 
mechanical properties 
 
During the development of the guide wire the 
processing of different fiber materials such as carbon 
fiber, glass fiber or aramid fiber as well as different 
winding angles have been investigated.  
Figure 9 shows the combination of different fiber 
materials and winding angles. Carbon fiber (core 
material in left picture) is electroconductive and 
cannot be used in MRI-guided interventions due to 
alternating magnetic fields which could heat up the 
material. The middle picture shows the profile with 
core and wound layers made from aramid fibers, 
which provides a very good flexibility but not the 
required bending stiffness. Using a combination of 
glass fibers for the core and aramid fibers for the 
wound layer leads to the best mechanical properties: 
The high tensile strength of the glass fiber provides a 
high basic stiffness of the profile. The ductility of 
the aramid fiber allows to wind very small diameters 
and provides the required high torsional stiffness of 
the profile. As glass fibers are very susceptible to 
buckling, the wound layers also provide a protection 
in the case of accidental breakage of the core. 
 

 
Fig. 9. Pullwound profiles made of different materials 
(left: carbon/aramid, middle: aramid/aramid, right: 
glass/aramid) 
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To investigate the influence of the winding angle on 
the mechanical properties, bending and torsion tests 
were performed. The test results (see figure 10) 
show the significant increase of the shear modulus 
and the decrease of the tensile stiffness when the 
winding angle is increased. 
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Fig. 10. Dependency of tensile and shear modulus on the 
winding angle 
 
Figure 11 shows different segments of the same 
guide wire, where the different winding angles can 
be seen. The winding angle at the distal end is 
around 60° (upper picture), which is the highest 
possible angle for this set-up. The maximum 
winding angle depends on diameter and used roving 
types. The winding angle at the proximal end of the 
wire is around 45° for the highest torsional stiffness 
(bottom picture). 
 

60°

45°

 
Fig. 11. Body material of the guide wire with different 
winding angles 
 

As the basic fiber-reinforced polymer is not visible 
in MRI, special markers are applied on the guide 
wire to control the visualization characteristics 
during the imaging (see figure 12). 
Superparamagnetic iron oxide nanoparticles are 
applied on the body material and show small 
susceptibility artifacts, which are used to locate the 
position of the guide wire. Those markers have to be 
applied in defined intervals and different 
concentrations to identify both the shaft and the tip 
of the wire. It is crucial that the artifacts of the 
markers don´t overlap the surrounding tissue but are 
also visible at all times.  
The markers are currently tested in real-time MRI, 
ultrasonography and X-ray. 
 

 
Fig. 12. MRI-image of guide wires with different markers  
 
The basic material of the guide wire with the applied 
markers is treated with a hydrophilic and 
biocompatible coating for low-friction navigation 
through the catheter and the vessels.  
 

4 Interpretation 

With the transfer of the advantages of state-of-the-
art pullwinding technology to a miniaturized 
pullwinding system a new production technology for 
minimally invasive medical devices has been 
developed.  
As an example for the use of this technology in 
medical applications a MRI-safe guide wire with 
tailored mechanical properties has been developed. 
Different types of this guide wire were manufactured 
and are currently reviewed by clinical experts and 
shall also be tested in animal experiments. 
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The results of mechanical tests of the guide wires 
manufactured by micro-pullwinding show, that the 
developed technology allows not only to increase the 
tensile modulus of miniaturized FRP profiles 
significantly, but also allows the variation of 
torsional stiffness and strength independent from the 
bending properties by varying the winding angles. 
The exact influence of the winding angle variation 
on the bending stiffness has to be investigated 
further, but the test results already show the 
possibility to achieve the desired low bending 
stiffness at the distal tip of the guide wire. Further 
investigations for the adjustment of the 
characteristics of the guide wire are currently 
performed.  
Process investigations have shown that there are still 
challenges in the precise adjustment of the winding 
angle. Deviations from the adjusted angle during the 
process have been found. A possible reason for these 
deviations could be slip effects in the pulling unit. 
The pulling speed is not constant and therefore the 
winding angle varying. With the integration of a line 
speed measurement system the rotational speed of 
the winding units could be controlled by this 
measurement output and the deviation could be 
reduced. Also the tolerances for the cutting unit at 
the end of the pullwinding system could be 
improved. 
 
During the investigations of different winding angles 
it has been found, that the surface of the wire is 
smoother the higher the winding angle is adjusted. 
When the highest possible winding angle is set, a 
very smooth surface with a tight circular runout 
tolerance is achieved (see figure 11, upper picture). 
When the winding angle is reduced to 45° or lower, 
gaps between the wound fibers appear due to the 
limited number of rovings that can be placed into the 
winding units. By increasing the number of rovings 
that are placed into the winding units to the 
maximum, the width of the gaps could be reduced. 
In addition to that, first test has been shown, that a 
second impregnating process following the regular 
production process improve the surface quality, as 
gaps are filled with resin and small roundness 
deviations are equalized. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction 

 

Mechanical loading imposed on RTM / VARTM / 

RFI preforms during PMC manufacturing compacts 

the preforms along the normal to their plane, shears 

them in-plane, and induces bending and other 

deformations. This alters the configuration of yarns 

in preforms: elastic, time-recovered and permanent 

deformations are imparted to the yarns leading to 

yarn flattening, nesting and inter-layer packing. All 

these factors lead to complex preform geometry at 

the scale of yarns and textile unit cells [1, 2]. 

 

The constitutive properties of the dry preforms, their 

processing properties such as their permeability to 

liquid resins, and the material properties of the PMC 

parts made from these performs are influenced by 

this complex yarn configuration, to varying extents. 

For example, the in-plane permeability to resin or 

the interlaminar shear strength of the PMCs may be 

strongly affected while the in-plane stiffness or 

through-thickness thermal conductivity may not be 

influenced significantly [3-7]. Prediction of changes 

in preform configuration induced during the 

manufacturing of PMC parts is useful in terms of 

providing accurate predictions of the processing and 

performance properties of preforms and PMC parts. 

 

Particle-based computational methods constitute a 

powerful general numerical tool for simulating the 

large-strain mechanical behaviour of non-

homogeneous dry preforms, accounting for their 

detailed configuration at the yarn scale. In this work, 

particle-based simulations of fibre assemblies were 

used for locating fibre positions and quantifying 

fibre interactions that minimize the total strain 

energy stored in fibre assemblies during PMC 

manufacturing. In a given simulation step and under 

constant boundary conditions, iterative calculations 

based on the Metropolis algorithm [8] using specific 

interaction functions bring the fibre assembly from 

an arbitrary initial state of strain energy to a state of 

minimum strain energy. Then, displacements are 

applied at the boundaries of the textile domain and 

the iterative process is repeated. Simulations show 

that the compaction and shear of fibre assemblies 

lead to a shift in fibre positions but also to a change 

in yarn shapes and contact configuration; 

furthermore, this change is time-dependent. A 

parallel is drawn between the iterative process and 

the time-dependent behaviour observed with textiles 

made of perfectly elastic fibres, hence modelling the 

time-dependence is an integral part of the method 

with only one scaling parameter needed for adjusting 

numbers of iterations to time [9, 10]. 

 

This work features simulations leading to the 

prediction of configurations and to the identification 

of the constitutive behaviour for various textile 

assemblies, as well as experimental validation trials. 

Simulations of the compaction, time-dependent 

relaxation and in-plane shear are reported. In a first 

step, simulations are reported featuring lesser 

numbers of larger fibres made of different materials; 

these simulations are replicated in validation trials. 

In a second step, application of the simulation 

method to assemblies featuring larger numbers of 

smaller fibres for which it would be impractical to 

replicate each fibre individually, is introduced 

through an expansion algorithm presented herein. 

The particle-based method utilizes discrete 

mechanics as an alternative to traditional mechanics 

of continua. The present implementation enables 

intricate geometric modelling of preforms at the yarn 

scale as well as the realistic modelling of the 

constitutive behaviour during PMC manufacturing. 

 

 

2 Modelling methodology  

 

In the basic version of the modelling method, fibres 

are represented as a series of discrete spherical 

particles with diameters equal to the fibre diameter. 

The relative positions of individual particles in a 
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2  

series collectively describe the fibre geometry. A 

modified Metropolis algorithm [8] with Boolean 

decision function is used for iterating particle 

positions towards configurations of lower strain 

energy. Once a stable level of strain energy is 

reached or a set number of iterations are done, 

boundary conditions are changed to reflect on-going 

compaction or in-plane shear and the iterative 

procedure is repeated.  

 

Any relative displacement between particles that 

results either from changes in boundary conditions 

or from iteration under stable boundary conditions 

produces changes in strain energy. Changes in strain 

energy which can be associated with axial tension, 

axial compression or bending stresses; fibre torsion 

is neglected. Changes in strain energy result from i) 

relative displacement between particles within a 

single fibre leading to changes in intra-fibre strain 

energy, and ii) fibre deformations resulting 

specifically from interactions between neighbouring 

fibres, leading to changes in inter-fibre strain energy. 

All terms are detailed below. 

 

The intra-fibre strain energy term UA arising from 

axial tension/compression is a function of fibre 

material's Young's modulus E, fibre cross-section 

area A, and distances between 2 particles lab and l 

under and without loading respectively, Equation 1, 

Fig. 1. Inter-fibre bending strain energy UB is 

calculated from the fibre material's Young's modulus 

E, fibre second moment of area I for circular fibres 

and angle defined between three successive particles, 

Equation 2, assuming an initially straight fibre as 

represented by angle π. 

 

 

   
  

  
           (1) 

 

 

   
  

       
        (2) 

 

Contact forces between curvilinear fibres within a 

fibre assembly such as a yarn may be calculated 

using Gutowski's compaction model [13]. The 

selection of this function was investigated and 

validated [14]; simulations and experimental trials 

showed it to be well-suited for particle-based 

modelling of textiles. Gutowski's compaction model 

states that instead of being perfectly straight, 

individual fibres within yarns are wavy; β is a fitting 

parameter in Gutowski's function either evaluated by 

Fig. 1. Tension/compression axial strain energy 

between two particles (top - right), bending strain 

energy between three particles (top - left) and 

contact between the curved surfaces of two fibres 

(bottom) 

 

microscopy or fitted to experimental results. In the 

model is assumed that lmin, the minimum distance 

between two particles, is equal to 2r. 

 

From Gutowski's model the inter-fibre strain energy 

term is calculated by integrating force over distance 

for the displaced particle interacting with 

surrounding fibres; for a particle separated by 

distance lij with lmin < lij < lo strain energy is 

calculated as: 
 

   ∫       ∫
     

   
        

           
        (3) 

where lo is the initial distance between particle 

centres. Gutowski's model is equivalent to the beam 

bending equation with reducing span; it has been 

used successfully [13, 15, 16] in many occurrences. 

 

An important physical parameter in the system is 

friction, which partially restricts fibres from slipping 

relatively to each other. Whilst conservative strain 

energy terms associated with elastic loading may be 

calculated for a given static configuration, non-

conservative friction losses occur only as the fibre 

assembly goes from one configuration to other. 

Friction also contributes to hysteretic losses 

observed experimentally in deformed textiles, most 

notably for relaxation and in-plane shear. 

π-θcde 
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Two approaches in managing friction may be 

considered in particle-based modelling. In a direct 

approach, normal forces between pairs of contacting 

fibres are determined at every contact point. 

Displacements at all contact points in the fibre 

assembly are also calculated. Knowing these forces 

and displacements, a total energy loss associated 

with fibre friction between two configurations is 

obtained. This direct approach requires highly 

computational iterative work due to number of 

contact points involved. Also, a proper value of the 

coefficient of friction must be introduced from trials, 

the determination of which is not trivial. 

 

The alternative indirect approach proceeds as 

follows. In the absence of friction, contacting fibres 

slip freely relative to each other and resulting 

configurations are dictated only by the ensuing 

reduction in total elastic strain energy stored in the 

assembly at a given fibre volume fraction, as 

discussed above. Upon iteration, generally any 

tentative configuration that reduces the elastic strain 

energy stored in the textile is accepted as the new 

configuration on an ongoing basis. In the presence of 

friction, fibre slippage is impeded and as a result, 

additional energy must be expensed for evolving 

towards configurations corresponding to same fibre 

volume fraction as for a system without friction. 

This is integrated in the algorithm by altering the 

strain energy threshold conducting to a tentative 

configuration being accepted upon iteration. The 

energy balance will only remain favourable if final 

configurations with lower strain energy levels are 

accepted. A percentage is applied on the strain 

energy in the initial state, which remains constant 

through the entire simulation. As a result, at lower 

fibre volume fractions when fewer contacts are 

present, friction generally does not have a major 

effect. However with increases in fibre volume 

fraction and number of contacts, strain energy 

differences resulting from small displacement have a 

more significant effect as reasonably expected. 

 

 

3 Experimental   

 

Initial experimental validation trials were conducted 

using plain weave fabrics made of yarns containing 

30 monofilament Nylon 6/6 fibres, with 5 mm yarn 

spacing in both directions. Diameter of the Nylon 

6/6 fibres was measured at 299 ± 1 μm, Table 1. An 

Instron 4482 universal testing frame equipped with a 

1 kN load cell was used for compaction, relaxation 

and in-plane shear experiments. Young’s modulus of 

Nylon 6/6 fibres was measured at 1.05 ± 0.02 GPa. 

Characteristics of the fibres and textile samples 

appear in Table 1. 

 

Table 1. Characteristics of Nylon 6/6 fibers and 

textile 

 

 

4 Compaction 

 

Virtual samples in compaction simulations featured 

yarns made of 30 virtual Nylon 6/6 fibres with 300 

µm diameter, woven into plain weave textiles; 

results reported with fibres made from other 

materials are reported elsewhere [14]. Yarns, single 

textile layers and double textile layers were 

simulated. Fibres in most samples featured 60 

particles along their length; some samples featuring 

longer fibres were also simulated for probing any 

effect of fibre length. 

 

Compaction was simulated by progressively 

reducing the domain height h. Fibres located near 

the upper boundary were displaced accordingly; the 

total strain energy was minimized iteratively under 

constant boundary conditions. The number of 

iterations was unchanged in each compaction step 

but it changed between different simulations, 

replicating different compaction rates. 

Displacements during compaction and load retrieval 

steps were set to 0.1 µm and compaction pressure P 

was recorded as a function of h at each 100 steps by 

summing the vertical components of forces applying 

on the horizontal boundaries. Maximum particle 

displacement or random walk step was set to 1.0 

µm.  Gutowski’s parameters were β = 200, vo = 0.28 

and va = 0.79 for Nylon 6/6 fibres as identified in 

previous work [14]. 

 

Values of the fibre volume fraction vf were obtained 

in two ways. vf calculation method 1 proceeds by 

Properties   
Number of 
samples 

Fibre diameter 299 ± 1 µm 50 

Fibre density 1.172 ± 0.001 g/cm
3
 20 

Initial vf of textile 22 ± 2.3 % 10 

Surface density of 
textile 

0.103 ± 0.001 g/cm
2
 10 

Number of fibres in 
yarn 

30 20 
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identifying fibres crossing a rectangular plane and 

adding individual cross-section areas, accounting for 

any angle between the normal to the plane and the 

local fibre direction. Plane height corresponds to 

domain height and plane width is, at most, the 

minimum width that encompasses all fibres. The 

sum of section areas is then divided by the plane 

area. vf calculation method 2 proceeds by calculating 

the volume of all fibres whilst neglecting 

compaction of individual fibres as per Hertz’ model 

[11], and dividing by the volume of the smallest 

rectangular cuboid encompassing all fibres. 

 

Fig. 2 shows two steps in the compaction of a single 

layer of plain weave textile. Simulations featured 

textile domains with 4 yarns in each direction and 16 

crossovers; no lateral boundaries were used. Values 

of P and vf were calculated over a smaller domain in 

in-plane dimensions as shown in Fig. 2 and 

extending over the domain thickness. 

 

    
 

Fig. 2. Simulations of single-layer of plain woven 

textile with multiple unit cells  

 

Simulation results appear in Fig. 3 along with 

experimental validation results. Experimental trials 

were conducted by compacting a single layer 

between two parallel platens mounted and aligned in 

the Instron frame, Fig. 4. Upper platen dimensions 

were 40 mm x 40 mm. Effect of any platen assembly 

deformation was measured from dry compaction 

runs performed with no textile sample placed 

between the platens, and removed from the raw 

compaction data from tests where textiles were 

compacted. Samples were aligned at 45° from platen 

edges to reduce any orientation edge effect.   

 

 

Fig. 3. P as a function of vf in a single layer plain 

weave textile 

 

 

    

Fig. 4. Compaction platens with single layer plain 

weave textile 

 

Following simulations performed of a single layer, 

double layer stacks of the same textile were also 

simulated, firstly with perfectly aligned yarns and 

secondly with yarns that were perfectly staggered in 

both directions Fig. 5. These latter simulations 

showed the ability of the particle-based modelling 

environment to replicate nesting. During the 

compaction phase of the double layer stack with 

perfectly aligned yarns, pressure increased from 

lower fiber volume fractions compared with the 

stack featuring yarns that were perfectly staggered 

Fig. 6. Yarn cross-sections in the center of the layers 

appear for both cases in Fig. 5.  

P-vf calculation domain 

Upper platen 

Lower platen 

Textile 
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Fig. 5. Geometric representation of the compaction 

virtual double layer plain weave textiles with 

different stacking; perfectly aligned (top) perfectly 

staggered (bottom) 

 

 
Fig. 6. P as a function of vf in double layer plain 

weave textile 

 

From these geometric representations obtained from 

the particle-based modeling method, it is seen that in 

the case of superimposed yarns, fibres were 

subjected to less lateral displacements unlike in the 

staggered case where fibres moved along with 

changing cross-section shapes, replicating nesting 

behaviour. 

5 Relaxation 

 

Simulations of relaxation were conducted, where 

virtual samples were compacted and held to constant 

thickness. A reduction in pressure ensued from the 

iterative process; iterations were effectively 

associated with time. The simulation series featured 

cases where the numbers of iterations between each 

compaction step were set at 2×10
5
, 5×10

5
 and 

10×10
5
 respectively, Fig. 7. The maximum pressure 

was set at 0.5 MPa.  

 

 

Fig. 7. Compaction and relaxation of virtual single 

layer plain weave textiles subjected to different 

number of iterations with the same target pressure 

 

As seen in Fig. 8 small numbers of iterations 

corresponding to very fast compaction lead to higher 

levels of relaxation after the compaction phase, with 

a maximum relaxation value of about 50% from 

maximum pressure observed for the parameters 

selected. The larger reduction in pressure observed 

at higher rates, after compaction, is a consequence of 

pressure building-up more quickly at lower vf during 

the compaction phase. In view of experimental 

results presented below, higher numbers of iterations 

are more appropriate in replicating experimental 

results for the parameters selected in this work. 

 

Experimental relaxation trials were conducted using 

compaction rates of 2.0, 1.0 and 0.5 mm/min, Fig. 9. 

Maximum target pressure was set to 0.45 MPa. 

Textile samples were compacted to the maximum 

pressure and then held to the thickness reached at 

that pressure, enabling relaxation. Relaxation 

periods were kept constant at 360 seconds in all 3 
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Fig. 8. Relaxation of virtual single layer plain woven 

textiles subjected to different numbers of iterations 

 

 

 
Fig. 9. Compaction and relaxation of single layer 

plain woven textiles at different compaction rates to 

a target pressure 

 

cases regardless of the compaction rate. As seen for 

simulations conducted using smaller numbers of 

iterations, which can be assimilated to higher 

compaction rates, less relaxation during the 

compaction phase lead to more relaxation after the 

compaction phase. It is also interesting to note that 

relaxation curves featured a plateau in terms of time 

beyond which relaxation was essentially constant; 

this was also observed with the number of iterations 

in simulations, albeit to a lesser extent. 

 

Fibre volume fraction results where virtual single 

layers of plain weave textiles were compacted to the 

same target compaction pressure using different 

numbers of iterations showed differences in vf, 

although the maximum pressures reached in the 

compaction phases were the same, Fig. 10. Higher vf 

values observed for larger numbers of iterations, 

assimilated to slower compaction rates, result from 

the larger extent to which some of the fibre 

reorganisation and associated relaxation occurred 

during the compaction phase. 

 
 

Fig. 10. vf as a function of the number of iterations 

for virtual single layer plain textiles subjected to 

different iteration number for target pressure  

 

 

6 In-plane shear 

 

The area covered by a textile submitted to in-plane 

shear reduces, leading to an increase in vf under 

constant thickness. Inter-yarn spacing defined 

perpendicularly to warp yarns and to weft yarn 

respectively both decrease, eventually leading to 

contact and lateral compaction of the yarns. Shear 

can also increase yarn crimp as yarns get thicker, 

with less inter-yarn space available for interlocking. 

Finally, as crossovers are no longer defined by yarns 

crossing at 90°, the yarn sections effectively rotate 

around the yarn axis. All these effects can lead to 

tensioning of the yarns and fibres within them.  

 

In-plane shear simulations based on the algorithm 

described in section 2 were performed, that 

replicated articulated frame in-plane shear testing. 

Ends of each individual fibre were positioned within 

planes representing the edge of the frame. In all 

simulations, all fibres in the balanced fabrics had the 

same initial free length between edges. In-plane 

shear was induced by progressively reducing angle 
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2θ defined between the two upper edges 

corresponding to the articulated frame, Fig. 11.  

 

Fig. 11. Simulation of 16 crossovers plain weave 

textile undergoing in-plane shear in articulated 

frame configuration 

 

Different sets of boundary conditions may be 

imposed for attaching fibres to the frame edges 

during in-plane shear simulations. Here, fibre were 

modelled as attached to the frame edges through 

pivots that can rotate freely and may be displaced in 

the plane of frame edges, within the initial area 

defining the associated edge plane. The height and 

width of all boundary areas corresponds to the initial 

dimensions of the edge planes, and they remain 

unchanged during simulations. 

 

Fig. 12. Nylon 6/6 textile sample undergoing in-

plane shear test in articulated frame 

  

Experimental trials were conducted using an 

articulated frame that featured four aluminum edges 

connected together by four ball bearing pivots. The 

upper and lower pivots were connected to the 

Instron 4482 universal testing frame with pin-type 

load cell mounts. Displacement speed was set to 1 

mm/min. As the traverse of the universal testing 

frame pulled the upper and lower pivots away from 

each other at a constant rate, the frame angle 2θ 

decreased at the hinge and the textile sample was 

sheared, Fig. 12. 

 

In-plane shear results are typically reported using 

shear angle α which is a macroscopic measure of 

shear defined at the scale of the sample and 

corresponds to the departure from the initial 90° 

angle defined between the two upper edges of the 

articulated shear frame. It can also be viewed as the 

departure from the nominal 90° angle between the 

warp and weft orientations. Angle α is initially 0° 

and increases upon shearing. Values of α during a 

test are determined from the vertical displacement of 

the top hinge, Equation 4, where d is hinge 

displacement from its initial position and Lframe is the 

length of shear frame edges, 

 

            (
√         

       
)  (4) 

 

Results for in-plane shear force normalised with 

respect to edge length as a function of shear angle 

showed close results to the experimental trials, Fig. 

13; only minor differences between experimental 

trial and simulation were observed. 

 

 
Fig. 13. Normalized shear force FN as function of 

shear angle α for simulation and experimental trial 

 

Textile thickness was probed as it is an important 

parameter to processing and performance of 

technical textiles and PMCs. Thickness was defined 

as the vertical distance between the lowest and 

highest particles found within a domain as it is 

Frame hinge 

Warp yarn 

Weft yarn 

Yarn spacing 
(initial) Yarn spacing 

(reduced) 

 θ 
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sheared. Fig. 14 shows that the unrestricted 

thickness of the simulated textile increased under in-

plane shear, in a manner consistent with behaviour 

generally reported in the literature. For the simulated 

textile, thickness starts increasing mostly around a 

given value of the shear angle, with a generally 

linear trend beyond that value. The decrease in 

spacing leads to reorganization of the fibres within 

yarns and translates into fibre network 

reorganization at higher numbers of iterations, 

comparable to experimental trials using lesser 

compaction rates. 

 

 
Fig. 14. Textile thickness and yarn center spacing as 

a function of shear angle α 

 

 

7 Expansion algorithm 

 

Applying the particle-based modelling method 

described above to textile reinforcements with yarns 

featuring thousands of fibres was investigated, 

leading to the development of an expansion 

algorithm described in this section. 

 

Through the expansion algorithm, one may generate 

curves representing the constitutive behaviour of 

such reinforcements using simulations featuring less 

fibres in an otherwise unchanged domain. Each fibre 

modelled for usage in the context of the expansion 

algorithm represents a number of actual physical 

fibres with different dimensions and properties; the 

constitutive behaviour of these larger fibres is 

adapted so as to replicate the behaviour of a number 

of actual fibres. The larger modelled fibres are 

labelled herein as EA-fibre. EA-fibres have a 

circular cross-section, the diameter of which is 

larger than that of the individual physical fibres that 

each EA-fibre represents. Material properties are 

altered appropriately as highlighted below. Other 

elements of the simulation environment remain 

essentially unchanged. 

 

The two major components of intra-fibre strain 

energy in EA-fibres are the axial tension/ 

compression term and the bending term, as 

discussed above for physical fibres. Fundamentally, 

the expansion algorithm aims at replacing n real, 

smaller physical fibres of radius r with N EA-fibres 

of larger radius R, where both the total volume of 

fibre material and volume of the domain remain the 

same. Both fibre assemblies should have the same 

axial stiffness and bending stiffness at the same fibre 

volume fraction. In an EA-fibre, strain energy in 

axial tension/compression UA is a function of 

Young's modulus E, which is not changed when 

going from physical to EA-fibres. Strain energy also 

relates to the distance between particles which will 

be larger than for physical fibres in typical models. 

 

The strain energy stored in an EA-fibre subjected to 

pure bending is defined by the equivalent Young's 

modulus E, second moment of inertia IEA and 

segment length L. Bending of each physical and EA-

fibre is reasonably assumed to take place 

independently around their individual neutral axes, 

and so IEA is affected only by the diameter increase. 

Therefore, IEA is altered for EA-fibre diameter in the 

expansion algorithm. As stated above, when 

replacing a large number of physical fibres by a 

smaller number of EA-fibres within a physical 

domain of identical dimensions, it is desired to 

maintain a constant value for vf . Given the fact that 

the fibre volume fraction and so the volume of 

material must stay the same for both cases with 

physical and EA- fibres: 

 

    
        (5) 

  

            (6) 

 

Meanwhile, for both cases of simulations with 

physical fibres and EA-fibres Equation 9 needs to be 

satisfied on the grounds that bending one EA-fibre 

around a given radius should require the same 

amount of strain energy as bending n/N physical 

fibres having the same length L and made of the 

same material, around the same bending radius. 

Therefore the following relations must be satisfied:  
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     ∑     (7)  

  
   

 
 

 

 
 
   

 
  (8)  

  

           (9)  

 

where, again, the moments of inertia in bending of 

the physical and EA-fibres are labelled as Ir and IAE 

respectively.  

 

It is seen that Equation 9 is incompatible with the 

above statements and Equation 6. The solution 

adopted consists in using a different value of 

Young's modulus for EA-fibres that is specific to the 

strain energy bending term only and is not used in 

the axial tension/compression term. The increase in 

total bending stiffness when going from n fibres of 

readies r to N fibres of radius R is effectively too 

large, and so the solution consists in dividing 

Young's modulus Em by n/N in the bending strain 

energy term only. As such, reducing the modulus by 

n/N will lead to the same bending strain energy 

being imparted as if bending the same mass of 

physical fibres extending over the same length. 

 

Textile reinforcement used in manufacturing 

composites and modelled using the expansion 

algorithm feature EA-fibres, the centrelines of which 

are further apart than those of the more numerous 

physical fibres that they aim to represent within the 

same domain. Forces between individual pairs of 

fibres must be increased as they are less numerous, 

both to compensate higher distances in Gutowski's 

model and the smaller number of fibres contacting 

say the top surface and contributing to pressure. This 

is done by altering Gutowski's model as shown 

below. 

 

As Gutowski's model uses the distance between the 

centrelines of two neighbouring fibres as its main 

input parameter, a relation between this distance, the 

number of fibres in a domain, and the domain size 

must be established towards the aforementioned 

objective. The simpler development proposed here is 

based on parallel fibres; it is worth noting that it 

remains widely applicable to more complex cases as 

fundamentally the expansion algorithm applies to 

yarns as opposed to textiles. 

 

The relation is established by reasonably assuming 

as a starting point that parallel fibres align in a 

triangular or hexagonal configuration as this 

maximises the distance between neighbouring fibres 

at a given vf, hence minimising any strain energy 

term associated with lateral compaction of the yarn. 

Whilst insightful geometric arguments can be made 

and demonstrated about boundary conditions leading 

to networks of parallel fibres that are more stable for 

constant vf and domain size if the domains are 

relatively wider, for larger numbers of fibres this 

boundary effect becomes negligible. The main 

conclusion enabled by the above assumption is that 

the number of triangles that may be defined from 

lines normal to the centrelines of neighbouring 

parallel fibres tends toward double of the number of 

fibres. So given a domain size and a number of 

fibres, the dimensions of the triangles defining fibre 

positioning in a network of parallel fibres which will 

lead to a state of lower strain energy may be 

obtained, and so the distance between 2 

neighbouring fibres can be calculated directly. The 

ratio of the distance to vf stays constant for different 

numbers of fibres hence direct scaling can be 

applied. Distances are multiplied by a factor   in 

Gutowski's model, and so multiplying forces by    

constitutes the needed scaling. The only parameter 

that changes for a network of EA-fibres is inter-fibre 

distances, and I which can be processed as explained 

above for bending. As a result, dimensions are 

multiplied by   equal to reduction factor n/N and 

Gutowski's equation is modified as follows for EA-

fibres:  

 

   
     

   
         

             
        (10)  

 

The above increases forces generated within EA-

fibres by    
to obtain same forces generated as with 

the actual number of physical fibres. Reducing the 

number of fibres does not change the way in which 

the proportion of fibres contacting the top surface to 

the total number of fibres in the assembly evolves as 

compaction proceeds. 

 

 

8 Conclusion 

 

In this work, a particle-based modelling method 

enabling the accurate modelling of the geometry and 

constitutive behaviour of textile assemblies was 

developed. Simulation results were validated 

experimentally for single layer textiles and some 

cases of multi layer textiles. Validation work shows 

that the particle-based modelling method replicates 
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reality very well. The modelling enables better 

understanding of the behaviour of the textiles and 

the deformation that they undergo as they are 

loaded. 

 

Single layers of plain weave textiles featuring 

multiple plain weave unit cells were simulated for 

compaction, relaxation and in-plane shear. Results 

shown for example in Fig. 3. for compaction of the 

single layer matched experimental results well. 

Double-layer stacks of the same textile were also 

simulated for compaction behaviour, firstly with 

perfectly aligned yarns and secondly with yarns that 

were perfectly staggered in both directions. These 

double layer simulations aimed at investigating the 

ability of the particle-based modelling method at 

replicating nesting. In the staggered case, higher vf 

results at lower P due to the shifted layers. Results 

for relaxation and in-plane shear also investigated 

the configuration of the textiles in detail, and good 

correspondence with experimental trials was 

observed. 

 

The introduced expansion algorithm makes it 

possible to use less, larger fibres for predicting the 

mechanical behaviour of textiles featuring large 

numbers of smaller fibres, such as textile 

reinforcement used in manufacturing composites. 
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1 Introduction  
The sandwich structures with aluminium core are 
suitable for lightweight transportation systems, such 
as for bus [1] and ship [2, 3] structures. The weight 
minimization influences the energy efficiency of the 
transport vehicles; by saving weight, fuel efficiency 
and load carrying capacity increase. Altenbach 
presented a review of the mechanics of advanced 
composite materials for lightweight structures in [4]. 
Petras and Sutcliffe [5] investigated sandwich beam, 
made of glass fiber reinforced plastic (GFRP) 
laminate skins and Nomex honeycomb cores, in static 
three-point bending, obtaining the failure mode maps. 
Belingardi et al. [6] analysed the fatigue strength of 
sandwich beams with aluminium honeycomb core and 
composite face sheets through four-point bending 
tests, while Demelio et al. [7] investigated in the static 
and fatigue behaviour of sandwich panels with Nomex 
honeycomb and composite skins joined by fasteners. 
Impact behaviour of sandwich structures is dominated 
by the deformation of the core [8], which gets crushed 
as transverse stresses become large. Core deformation 
and failure are decisive factors for the energy 
absorption capability of sandwich structures. With 
aluminium honeycomb cores, damage consists of 
crushing or buckling of cell walls in a region 
surrounding the impact point. Hazizan et al. [9] 
conducted low-velocity impact tests in order to 
investigate the response of sandwiches, made of 
aluminium honeycomb core and glass fibre 
reinforced/epoxy skins. The low-velocity impact 
response of square sandwich plates, made of 
carbon/epoxy skins bonded to aluminium Nomex 
honeycomb was analyzed by Foo et al. [10]. An 
energy balance model was used in both the 
experimental investigations [9, 10], obtaining good 

agreement between the model prediction and the 
experimental data. The structural response in the case 
of low-velocity impact on Nomex honeycomb 
sandwiches was predicted using a numerical approach, 
based on a grid of nonlinear springs, and a good 
correlation with experimental drop tests was achieved 
[11]. Zhu et al. [12] developed damage and failure 
mode maps for composite sandwich panels subject to 
quasi-static indentation and low velocity impact tests. 
Low velocity impact tests have been already 
conducted on glass fiber reinforced aluminium foam 
sandwich (GFR-AFS) panels by the authors [13]. The 
aim of this study was the analysis of the bending and 
low-velocity impact responses of glass fiber 
reinforced aluminium honeycomb sandwiches (GFR-
AHS) and the comparison with the aluminium 
honeycomb sandwiches (AHS) without GFRP outer 
skins in terms of peak loads and absorbed energy. The 
static (bending and penetration tests) and dynamic 
(low velocity impact tests) behaviour of AHS panels 
was already analyzed by some of the authors [14].  
The failure mode and the internal damage of the GFR-
AHS panels have been investigated using two 
experimental techniques: 3D Computed Tomography 
(CT) [3, 13], that allows a three-dimensional 
reconstruction of the analysed object, and Infrared 
thermography (IRT), already used for analyzing the 
impact responses of aluminium and PVC foam 
sandwiches [15].  
Meola and Carlomagno [16] investigated the 
behaviour of glass fibres reinforced polymer (GFRP) 
under low velocity impact by means of IRT. From the 
analysis of temperature maps it was possible to get 
information about damage threshold and extension. 
One main finding of their study regards a relationship 
between the damaged area and the effective striking 
surface. 
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2 Materials and Methods 

2.1 Materials 

The specimens were made bonding two GFRP skins 
to AHS panels using a commercial adhesive. Two 
different aluminium honeycomb sandwich typologies 
have been investigated: 1/8-5052-0.0020 and 1/4-
5052-0.0025; the designation corresponds to cell size 
(inch) – alloy – foil thickness (inch). The physical and 
geometrical properties of the GFR-AHS panels are 
reported in Table 1. Hand lay-up method was used to 
produce the outer skins, made of glass fiber reinforced 
epoxy matrix, and the skins were bonded onto the 
aluminium faces of AHS panels using SikaFlex-265 
commercial adhesive (Table 2). The adhesive 
thickness is about 1.5 mm.  
 

2.2 Methods 

The static bending tests were carried out on GFR-AHS 
specimens using a servo-hydraulic load machine, 
while low-velocity impact tests were performed by 
means of a drop test machine. After the first impact, 
the rebound brake is activated to avoid multiple 
impacts. The mass of the striker and the drop height 
are variable, allowing for a wide range of impact 
energies. The hemispherical steel tip of diameter of 20 
mm is instrumented by means of strain gauge. 

The failure mode and the internal damage of the 
impacted GFR-AHS have been investigated by a 3D 
CT system and an IR camera.  
The CT system is equipped with a X-ray source 
having maximum voltage and current of 225 kV and 
7.1 mA, respectively, depending on the focal spot size 
that can be chosen among these values: 250 µm, 300 
µm, 500 µm and 800 µm. The detector system is a flat 
panel with a resolution of 1920 x 1536 pixels. The 
scans, reported in this paper, were conducted with 250 
µm focal spot size and X-rays were set at a voltage of 
150 kV and at a current of about 1.3 mA. A Cu filter 
was used to improve image contrast. It is worth noting 
that the source-detector and the source-sample 
distances are critical in determining the magnification 
of the sample and, thus, the resolution of the scan: the 
closer the sample was to the source and the further 
away from the detector, the higher the magnification. 
A conical X-ray beam scanned the sample, which was 
rotated at increments of 0.5°/s for each rotation step. 
This procedure was then repeated until a full rotation 

of 360° was achieved and a total of 1440 projections 
were then obtained to be used in the 3D profile 
generation. The sizes of the voxels and images were 
0.050 mm and 2048 x 2048 pixels respectively. The 
integration time was chosen equal to 250 ms. 
During the impact tests, the thermal behaviour of the 
specimens was monitored by an IR camera (FLIR 
Systems SC 7200) equipped with a 320 x 256 pixels 
InSb focal plane array cooled detector working in the 
MWIR (1.5 - 5 µm) spectral band (NETD 20 mK 
typical). A 50 mm focal length lens (FOV 11° x 8.8°) 
was used. The camera was placed at about 500 mm in 
front of the specimen, focusing the side view of the 
specimen. The thermographic images were acquired at 
a frame rate of 472 Hz (2 ms) in sub array windowing 
(160 x 128 pixel) with Altair software. Since the 
impact event happens in a very short time, high frame 
rates are useful to catch fast temperature variations. 
A theoretical approach [3, 14], based on the energy 
balance model, has been applied to investigate their 
impact behaviour. The model parameters were 
obtained from the measurements carried out on the CT 
images of the impacted panels and not from the results 
of static tests, as it is usually done in literature. 
 

3 Results 

3.1 Static Bending Tests 

Static three-point bending tests were performed on 
GFR-AHS panels (150 x 50 x 18 mm) at different 
support span distances (L= 55, 70, 80, 125 mm), 
applying the load at a constant rate of 2 mm/min and 
with a preload of 10 N. The average values of the 
weight for the investigated panels are: 53.41 g for 
AHS panels (d = 3 mm) and 125.18 g for the same 
panels with GFRP skins, 51.09 g AHS panels (d = 6 
mm) and 119.97 g for the same panels with GFRP 
skins. 
Figs. 1 and 2 show the load deflection curves obtained 
under bending tests carried out at different values of 
support span on the two typologies of GFR-AHS (cell 
diameter d = 3 and 6 mm). The initial linear-elastic 
behaviour is followed by an elasto-plastic phase until 
a peak value is reached, after which there is an abrupt 
load loss, which is more evident respect to the 
behaviour of sandwich panels with similar skins, 
made of glass fiber reinforced epoxy matrix, and 
aluminium foam core [13]. This different behaviour is 
due to the honeycomb core shear. After the peak load 
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and the subsequent load loss, the behaviour differs for 
the honeycomb panels with different cell sizes: in the 
curves for the sandwiches with d = 3 mm the load 
increases smoothly, while for the panels with d = 6 
mm load remains almost constant. The same trend 
was observed in the load- deflection curves for AHS 
panels without the outer skins, under three point 
bending tests at the same support span values [14].  
The amount of the energy absorption E was evaluated 
integrating the load - deflection curves, obtained by 
the bending tests. The values of energy efficiency η 
were considered in order to compare the bending tests 
at different support spans L. The efficiency η is 
defined as the absorbed energy up to failure deflection 
δmax normalized by the energy absorption of the ideal 
absorber [17]: 
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  (1) 

 
where Fmax is the highest force occurring during the 
bending test.  
Assuming a perfect bond between the faces and the 
core and eliminating the possibility of delamination, 
sandwich beams can fail by several modes in bending 
tests: core shear, face yield, indentation and face 
wrinkling, this last mode occurs generally only for 
sandwich beams with corrugated or honeycomb core. 
The specimens after the bending tests are shown in 
Fig. 3. Fig. 4 shows the CT images along the middle 
section of the damaged GFR-AHS panels (d = 3 and 6 
mm) after bending tests at different values of support 
spans (L = 55, 70, 80 and 125 mm). CT analyses show 
that the most frequent failure mode is indentation for 
the 2 typologies of sandwich. The observed collapse 
mode differs from the traditional mechanism of 
indentation, reported in literature [5], because it is 
accompanied by the rotation of the two halves of the 
sample around the mid-plane and by the formation of 
a plastic hinge also in the tensioned face. Core shear is 
also evident in the panel with d = 3 mm at a support 
span of 80 mm (Fig. 4). 
The partial debonding of the glass fibre 
reinforced/epoxy skins occurs for all the panels with d 
= 6 mm (Figs. 3 and 4). It is probably due to the fact 
that the skins cannot follow the core deformation, that 
is obviously greater for the panels with d = 6 mm. 

The average values of the bending results 
corresponding to the GFR-AHS sandwiches are 
reported in Table 3 and compared to the values 
obtained for AHS [14]. The experimental results 
confirm that the ability to absorb energy of the 
honeycomb sandwiches is obviously affected by the 
cell size and the presence of GFRP outer skins.  
The best response in terms of energy efficiency, as 
reported in Table 3, was obtained for the GFR-AHS 
with d = 3 mm, subjected to bending loads with 
support span values L = 55 and 70 mm. It is due to the 
peak force value which was influenced by the cell size 
of the honeycomb and GFRP skins and hence the 
higher rigidity of the whole panel that was affected by 
the support span length. 
 

3.2 Low-velocity Impact Tests 

The low-velocity impact tests were performed on the 
two typologies of GFR-AHS. Dynamic impact tests 
were performed on specimens with a striker mass of 
7.045 kg and different values of impact velocity 
ranging from 3 to 10 ms-1. The impact energy values 
range from 32 to 352 J. The GFR-AHS specimens 
(75x50x17.5 mm) were fully clamped around their 
edges by a cylindrical support-ring with an inner 
diameter of 40 mm, without crushing the sample. The 
average values of the weight for the investigated 
panels are: 26.68 g for AHS panels (d = 3 mm) and 
60.76 g for the same panels with GFRP skins, 25.32 g 
AHS panels (d = 6 mm) and 59.73 g for the same 
panels with GFRP skins. 
The load – displacement curves at different impact 
velocities are given in Figs. 5 and 6 for GFR-AHS. 
The curves have the same stiffness for each of the two 
GFR-AHS typologies (cell diameter d = 3 and 6 mm) 
and a different number of load peaks. A typical load–
displacement curve of a honeycomb sandwich [12] 
can be divided into two stages: the first stage is linear 
and the second one begins after the damage initiation. 
The failure is expected to occur by the collapse 
mechanism that produces the minimum limit load, but 
it could happen that after the initiation of a damage 
mode, other damage modes maybe triggered and the 
damage interaction and propagation are coupled in the 
second stage until the final failure. The area under this 
curve is approximately equal to the energy absorbed E 
during the impact, which is an important parameter to 
design a sandwich panel with good impact resistance. 
The load peak after the first stage is the critical 
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contact force for damage initiation Fc, which is not 
always the maximum load Fmax because there is 
generally a second peak load F2P at the end of the 
second stage before the failure. In the impact curves 
for AHS panels [14] the critical load has the 
maximum value and there is a lower peak load after 
the damage progression, whereas the presence of 
GFRP outer skins produces the maximum load at the 
end of the second stage as it results from the curves of 
Figs 5 and 6.  
The energy amount, required to produce the complete 
failure of the sandwiches, was evaluated equal to: 128 
J for AHS panels with d = 3 mm, 116 J for AHS panels 
with d = 6 mm and about 300 J for the same panels 
with GFRP skins. The experimental results confirm 
that, as expected, the GFR-AHS sandwiches are able 
to absorb greater amounts of energy respect to AHS 
panels. The results of the experimental tests in terms 
of absorbed energy and contact force peaks were 
compared with AHS panels [3] in Table 4. 
The impact behaviour of the investigated sandwiches 
was confirmed in the post-impact inspection; the 
bottom and the lateral views of the panels after impact 
tests at different velocities are shown in Figs. 7 and 8. 
Fig. 9 shows the CT images along the middle section 
of the damaged GFR-AHS panels (d = 3 and 6 mm) 
after impact tests at different values of impact velocity 
(v = 3 ÷ 9 ms-1). The complete debonding of the glass 
fibre reinforced/epoxy skins occurs generally for 
panels with d = 6 mm (Figs. 7 – 10) as for the panels 
subjected to bending tests. The reason is due to the 
higher core displacement even at low impact 
velocities for the panels with higher cell size. Fig. 10 
reports the stereomicroscope image (magnitude equal 
to 6.3 x) of a GFR-AHS panel (d = 6 mm) after impact 
test at v = 7 m/s. It is clearly visible that the GFRP 
skin cannot follow this displacement of the panel, 
while the adhesion between the glue and the 
aluminium skin is perfect. The impact behaviour of 
the sandwiches with two cell sizes (d = 3 and 6 mm) 
confirms their bending response, where the debonding 
of GFRP skin occurs for panels with d = 6 mm. 
The CT analyses of the GFR-AHS panels (Fig. 9) have 
shown that the collapse of the panel occurs for the 
initial deformation of the upper skin and for the 
buckling of the core cells. The analysis of the CT 
images (Fig. 9) of the panels with smaller cells (d = 3 
mm) reveals that the collapse of the cells is located in 
the area concerned by the impact, while the rest of the 
structure remains almost intact. Instead, with the same 

initial energy of impact, the collapse of the panels 
with larger cells (d = 6 mm) affects almost all cells. 
The same behaviour was detected for AHS panels 
subjected to impact loading [14]. The collapse of AHS 
[14] and GFR-AHS panels with honeycomb core 
occurred for the buckling of the cells and is strongly 
influenced by the cell size. Their capacity of 
absorbing energy depends on the mechanical 
properties of the composite skin and honeycomb core. 
The temperature increment and the thermograms of 
the GFR-AHS panels (d = 3 and 6 mm) during the 
impact tests at v = 7 ms-1 are visible in Fig. 11. The 
image subtraction was applied in order to obtain more 
information and make easier the damage detection.  
The ∆T plot, taken just before the impact, shows an 
overall uniform ∆T = 0 distribution related to an 
unloaded condition. At the moment of the impact, the 
specimen experiences a cooling down (0.07 °C for the 
2 typologies) because of the thermo-elastic effect [16]; 
this cooling down lasts for fractions of a second. The 
cooling down is followed by abrupt heating up 
(thermoplastic effect) for the two typologies of 
specimens (Fig. 11). The different behaviour of the 
specimen can be explained considering that, as the 
temperature rises as the damage becomes more 
important: 35.9 °C for the specimen with d = 3 mm 
and 42.39 °C for the specimen with d = 6 mm. This 
assumption is confirmed also by the CT analyses (Fig. 
9). After the temperature peak and its subsequent 
decrement, there is a different trend in the ∆T-t curves 
for the GFR-AHS panels with different cell sizes: for 
the sandwiches with d = 6 mm the temperature 
remains almost constant, while for the panels with d = 
3 mm the temperature has a low increment until an 
almost asymptotic temperature is achieved. The 
obtained results confirm that the on-line monitoring of 
the impact using IRT is a useful tool for material 
characterization. 
Zhou et al. [12] analyzed the failure modes of 
composite sandwich panels, made of Nomex 
honeycomb core with carbon fiber-epoxy composite 
skins, and obtained the failure mode map using the 
material parameters. The same failure mode map [12] 
was used for the investigated GFR-AHS panels and 
shown in Fig. 12. According to the geometric 
parameters (skin thickness tf, core thickness tc, 
impactor radius Ri) the failure mode predicted by the 
failure map is the core buckling and close to the 
matrix shear damage as confirmed by the 
experimental investigation. 
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3.3 Energy Balance Model 

The impact response of the GFR-AHS panels with d = 
6 mm was modelled using a theoretical approach, 
based on the energy-balance model. More information 
on the developed approach are reported in other 
papers of the authors [3, 14]. The obtained results 
were compared with those reported in [9]. 
The energy balance for the sandwich structure can be 
obtained considering that the initial kinetic energy is 
equal to the energy absorption in bending, shear and 
contact effects: 
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where m and v are the mass and the impact velocity of 
the impactor, Kbs is the linear stiffness including 
bending and shear effects, Ki and n are material 
constants. The subscript b, s, m and c of eq. (2) refer 
to energy dissipation in bending, shear, membrane and 
contact effects, respectively  
This theoretical approach has been applied in the 
current study to investigate the impact response of 
GFR-AHS sandwiches in order to compare the results 
with AHS panels [14]. This energy-balance model, 
once validated using data from tests carried out at 
some impact velocities, can be used to predict the 
maximum impact force for a given impact velocity or 
energy applying eq. (2).  
The parameters of the energy balance model are 
generally determined in literature from the results of 
static tests. In this scientific research the parameters 
were obtained directly from the measurements carried 
out on the CT images (Fig. 13); the vertical 
displacement wb of the core at bottom face sheet 
interface and the impactor displacement wi were 
measured by analysing the CT images of midplanes of 
the panels subjected to impact loading, which didn’t 
produce the complete failure of the panels. The core 
compression displacement α is obtained by the 
subtraction between the impactor displacement wi and 
the vertical displacement wb of the core.  
According to the spring-mass model, it can be 
assumed a linear relationship between the impact load 
and the corresponding global displacement wb of the 
sandwich panel and the Kbs stiffness is the slope of 

this linear function, so the Kbs stiffness was assessed 
in the present research paper as shown in Fig. 14 by 
the slope of the linear function interpolating the peak 
loads Fmax, obtained by the impact tests at different 
impact velocities, versus the corresponding bending 
and shear deflections wb of the midplane of the panel, 
that were measured using the CT. 
The contribution of the energy dissipation due to 
bending and shear Ebs was evaluated applying eq. (2) 
and the contact energy Ec was obtained simply by 
subtracting these values of Ebs from the values of the 
total dissipated energy. Considering the bilogarithmic 
expression of the equation of the contact energy Ec, a 
linear equation is obtained: 
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The values of the contact energy Ec were plotted 
versus the corresponding values of the peak load Fmax 
in a bilogarithmic scale and a linear regression was 
performed in order to assess the contact parameters (n, 
Ki), as shown in Fig. 15; the value of n was obtained 
by the slope of the linear equation interpolating the 
data and the value of Ki by the constant term of the 
linear equation. 
The obtained values of the Ki and n constants are: n = 
0.64 and Ki = 1.85E5 Nm-0.64 for AHS with cell size d 
= 6 mm and n = 1.34 and Ki = 4.86E6 Nm-1.34 for the 
same panels with GFRP skins. The values of the 
material parameters, predicted by the theoretical 
approach, are similar to those obtained in [9] for 
sandwich panels (thickness t = 13 mm), made of 
aluminium honeycomb core (density ρ = 84 kg/m3 and 
cell size d = 6 mm) and glass fibre reinforced/epoxy 
skins: n = 1.2 and Ki = 2E6 Nm-1.2. 
Fig. 16 shows the percentage partition of the incident 
energy at different impact velocities.  
In the graphs, the dot line corresponds to the mean 
values of each percentage energy and the uncertainty 
band (at about 68% confidence level) is also indicated. 
From the graph, it is evident that the contact energy 
accounts for about the 70 % of the energy absorbed by 
the panel. The high amount of contact energy can be 
explained also by the boundary conditions during the 
impact tests: the GFR-AHS specimens were fully 
clamped around their edges by a cylindrical support- 
ring with an inner diameter of 40 mm. 
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4 Conclusions 
The study presented in this paper is part of a larger 
project aimed at the introduction of lightweight 
structures, made of GFR-AHS sandwiches, in the 
transportation industry (automotive, aerospace, 
shipbuilding industry).  
The mechanical behaviour under bending and impact 
loading of AHS panels reinforced by GFRP outer 
skins was investigated and a comparison with the AHS 
panels (without GFRP skins) was done. 
The impact response of the GFR-AHS panels has been 
investigated by experimental tests and analytical 
approach, based on the energy balance model. The 
model parameters, that described the dynamic contact 
of the panels, were obtained from the tomographic 
analysis of the impacted specimens and not from the 
results of static tests, as it is usually done in literature.  
The energy balance model gave good predictions 
compared with data reported in literature, even if more 
work are needed to be done to validate the developed 
approach. 
The experimental tests have demonstrated that the 
light weight AHS panels have good properties of 
energy dissipation and the amount of energy 
absorption under bending and impact tests can be 
highly improved reinforcing them by means of GFRP 
outer skins, which can be designed according to the 
application of the sandwich.  
The future developments of this study consist of the 
analysis of the failure maps of the GFR-AHS 
sandwiches subjected to bending and low velocity 
impact tests. 
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Fig. 1. Load-deflection curves measured under static three-
point bending for GFR-AHS (d=3 mm). 

 

 
Fig. 2. Load-deflection curves measured under static three-

point bending for GFR-AHS (d= 6 mm). 
 

 
Fig. 3. GFR-AHS panels (d = 3, 6 mm) after bending tests 
at different support span values (L= 55, 70, 80, 125 mm). 

 

 
Fig. 4. Tomograms of the damaged GFR-AHS after the 
bending tests. 
 

 
Fig. 5. Impact force – displacement curves measured under 
impact loading (GFR-AHS d = 3mm). 
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Fig. 6. Impact force – displacement curves measured under 
impact loading (GFR-AHS d = 6mm). 
 

 
Fig. 7. GFR-AHS panels after impact tests (d = 3 mm). 

 

 
Fig. 8. GFR-AHS panels after impact tests (d = 6 mm). 

 

 
Fig. 9. Tomograms of the damaged GFR-AHS after the 
impact tests. 
 

 
Fig. 10. Stereomicroscope image (6.3 x) of GFR-AHS panel 
(d = 6 mm) after impact test at v = 7 m/s. 
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Fig. 11. Temperature trend and some thermograms of the 
GFR-AHS panels (d = 3 and 6 mm) during the impact tests 
at v = 7 m/s. 
 

 
Fig. 12. Failure mode map for sandwiches subjected to 
impact loading [12]. The symbol ♦ refers to the investigated 
GFR-AHS panels. 

 

 
Fig. 13. Measurements of the displacements wi and wb 
carried out on the CT image. 
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Fig. 14. Peak load vs. sandwich deflection. 
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Fig. 15. Contact energy dissipation vs. peak load. 
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Fig. 16. Energy partition graph. 
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Table 1. Configuration and properties of the GFR-AHS panels. 

 Sequence Number 
of layers 

Material Fiber Orientation / diameter and 
thickness of honeycomb cell 

density 
[kg/m3] 

thickness 
[mm] 

Upper skin 1 2 Glass fiber and epoxy resin [0°/90°/Mat]  1180 1.5 
 2 1 AA5754 H32   2730 1 

Core 3 1 AA5052 d = 3 mm; tc = 0.05 mm  130 9 
    d = 6 mm; tc = 0.06 mm  80  

Lower skin 4 1 AA5754 H32   2730 1 
 5 2 Glass fiber and epoxy resin [0°/90°/Mat]  1180 1.5 

 

Table 2. Mechanical and physical properties of the adhesive SikaFlex-265. 

Type  Density  Shear Modulus  Shear Strength  Shear Strain 
  [kg/m3]  [MPa]  [MPa]  [%] 

Polyurethane  1200 (Uncured)  0.7  4.5  450 

 

Table 3. Results of the bending tests. 

  AHS (d = 3 mm)  AHS (d = 6 mm)  GFR-AHS (d = 3 mm)  GFR-AHS (d = 6 mm) 

L [mm]  Fmax [N] E [J] η [%]  Fmax [N] E [J] η [%] Fmax [N] E [J] η [%]  Fmax [N] E [J] η [%] 

55  4135 40 65  2797 30 72 7438 107 82  4119 49 70 

70  3640 38 70  2395 20 55 6700 115 79  3778 28 65 

80  3815 44 63  2230 21 53 6263 99 69  3659 60 67 

125  3063 37 67  1669 12 40 5194 84 64  3484 33 60 

 

Table 4. Results of the impact tests. 

 
 

  AHS (d = 3 mm)  AHS (d = 6 mm)  GFR-AHS (d = 3 mm)  GFR-AHS (d = 6 mm) 
v [m/s]  FC [N] F2P [N] E [J]  FC [N] F2P [N] E [J]  FC [N] F2P [N] E [J]  FC [N] F2P [N] E [J] 

3  7683 - 32  6239 - 32  3183 11358 32  2076 7644 32 
4  9668 7504 56  7862 6321 56  3200 11488 56  6398 8354 56 

5  9373 7137 88  7953 6968 88  8755 13212 88  7837 12869 88 

6  9648 6660 124  8456 7640 119  9243 13299 127  7205 17911 127 

7  10353 7234 131  8514 7248 116  9914 14477 173  7577 16805  173 

8  10247 7688 129  8489 7123 114  9397 14246 225  - - - 

9  - - -  - - -  10798 14622 285  7842 20316 285 

10  - - -  - - -  - -   7693 21083 300 
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Abstract  

The effects of friction on the load-displacement 
response and the energy release rate (ERR) are 
examined in Mode II delamination. Uniaxial carbon-
epoxy specimens are prepared and tested using the 
four end notch flexure (4ENF) test configuration. In 
selected specimens, optical fibers with several Bragg 
grating (FBG) sensors are embedded during the 
specimen fabrication, one layer above the 
delamination plane, to extract strain data during 
crack propagation. Two types of supports are used to 
examine the effects of friction: pin set-up and a 
roller set-up. The later type indicates a negligible 
influence while the former indicates a strong 
influence on the load displacement curves, the strain 
data recorded by the sensors and the ERR. The 
experimental data suggest a negligible bridging in 
the wake of the crack. The strain data are used to 
identify the model parameters including damage 
initiation and ERR as well as friction parameters. 
The numerical model with the identified parameters 
reproduced very well the experimental curves. The 
results of this work demonstrate that friction at the 
support plays an important role on the overall 
response of the specimen. 

1.  Introduction 

It is well know that delamination is one of the most 
important failure modes of layered polymer 
composites. During delamination, crack bridging by 
intact fibers, matrix cracking, interface failure, fiber 
fracture, matrix yielding, friction of the crack planes, 
etc. may take place. The extent of any of the damage 
types depends on component geometry and loading 
conditions.  To realistically model delamination 
growth, these processes need to taken into account. 
Research in delamination in different polymeric 
layered materials considers formulations based on 
concepts of fracture mechanics (for a recent review 

see ref [1]), initially developed for isotropic 
materials. These concepts have been extended to 
account for the anisotropy present in composites [2]. 
The ERR relation to the corresponding stress 
intensity factor (SIF) for each one of the three modes 
of fracture is defined in a similar manner to the 
isotropic cases but they are more complicated [2]. 
Nevertheless such relations have been proven very 
useful in characterizing fracture of anisotropic 
materials.  In the last several years, numerical 
simulations and elements of damage mechanics have 
been used to model and predict delamination growth 
[3]. Such formulations are based on special elements 
ahead of the crack tip with typical stress - opening 
displacement relations which are either inferred 
from experimental-numerical data or assumed in the 
FE formulations.  

Recently, Botsis and coworkers [4-6] reported 
experimental and numerical studies on delamination 
in uniaxial composite materials. Using strain data 
from embedded sensors on planes parallel to the 
delamination and inverse numerical modeling, they 
have carried identification of bridging tractions in 
Mode I delamination. These tractions were combined 
with a simple cohesive model to predict very well the 
load displacement curve of the DCB specimen [4,5].   

While Mode I delamination testing using the DCB 
specimen has been well understood and characterized 
with the test procedures standardized [7], Mode II 
delamination testing has not reached the same level of 
understanding and a standard as in the case of Mode I 
has not yet emerged. While a few specimen 
geometries have been proposed in the literature [8,9] 
a realistic test is the four point end notch flexure 
specimen. However, several issues have not been 
completely resolved due to problems associated with 
the experimental set up, friction load application, etc. 

EXPERIMENTAL AND NUMERICAL INVESTIGATIONS ON 
FRICTION EFFECTS IN 4ENF FRACTURE TESTS 
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In this paper, the effects of supports and the friction 
between the crack planes during delamination are 
investigated using a combined experimental-
numerical approach. The four point end notched 
flexure test (4ENF) configuration is used to test 
uniaxial composite specimens. This configuration is 
chosen because it results in stable crack propagation. 
The supports of the specimen were changed so that 
the friction on those locations was minimized. In 
selected specimens optical fibers were embedded. 
These fibers contain eight sensors at 3 mm apart for 
quasi continuous strain measurements during 
delamination which help to locate the crack tip. In 
addition the strain measurements were used in 
conjunction with a parametric finite element (FE) 
model specially constructed to analyze the data of 
load displacement curves and examine the effects of 
friction on the overall delamination growth behavior. 

2.   Materials and methods 

2.1 Materials and specimens 

The samples were produced in house by hand layup 
of the carbon epoxy prepreg material SE 70 from 
Gurit SPTM.  The unidirectional composite plate with 
20 layers was cured at 80°C for 8h under vacuum. 
The initial crack for the delamination tests was 
introduced with a 20 µm thick and 60mm long PTFE 
film placed between layers 10 and 11 (Fig. 1).  

 
Fig. 1: A schematic of the composite plate with the 
surrounding metallic frame and the sensor [5]. 

Beams of 25mm in width were cut from the cured 
composite plate. The beam’s sides were sanded, 
sprayed white, and then marked every millimetre 
with a fine black ink pen to help monitoring the 
crack length. The material properties used in the 
numerical analysis were as follows: E11 = 98 GPa for 
the longitudinal modulus, measured in a three point 
bending test; E22 = E33 = 9 GPa for the transversal 
moduli, measured using standard uniaxial tests; G = 
5.2 GPa was assumed for all shear moduli. The 
following Poisson ratios were measured ν12 = ν13 = 
0.3 and ν23 = 0.45 was assumed. Selected samples 
were equipped (each one) with a single optical fiber 
(Fig. 1). They were placed during manufacturing 

between layers 11 and 12 of the composite resulting 
in a distance of about 200 µm from the crack plane 
in the cured composite, as measured by optical 
microscopy on polished cross sections. Both ends of 
each optical fiber were guided to the base plate that 
was used for manufacturing through slits in a metal 
frame placed around the layup. At the exit points, 
they were fixed with adhesive tape to keep them in 
place during curing of the composite.  

The optical fibers were single mode (i.e. SM28 with 
125/9 mµ  fiber to core diameter ratio) with 8 
multiplexed FBGs of 1mm in length and spaced at 
about 3 mm (Fig. 2). The polyimide coating in the 
FBG zone, plus a few mm on both ends of the zone, 
was removed with sulphuric acid to eliminate the 
effects of the coating and assure a strong bonding 
with the surrounding epoxy matrix. When the 
samples were cut out of the composite plate, care 
was taken to place the optical fiber in the middle of 
the beam.  
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Fig. 2: A schematic of an FBG wavelength 
multiplexed optical fiber [10]. 

It should be noted that the strain distribution around 
the delamination crack is highly non-homogeneous. 
[4]. However, due to the small gauge length of the 
FBG sensors, it was assumed (and verified with the 
numerical model, Sec 4) that over the length of the 
gauge (i.e., FBG length), the strain remains constant 
and the single peak shift was sufficient to obtain the 
strain at the corresponding location using Eq. (1). If 
this was not the case, a more elaborate technique 
based on Optical low coherence reflectometry 
(OLCR) should have been used to obtain a direct 
strain distribution along a short or a long FBG 
sensor [4]. 

2.2  Experimental methods 

The 4ENF specimen, as shown schematically in Fig. 
3, was used to study Mode II delamination of the 
composite. An advantage of the 4ENF test is the 
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3  

FRICTION EFFECTS IN 4ENF TESTS  

long zone of stable crack propagation [11]. Indeed, 

as long as the crack tip is between the two upper 
rollers ((B) and (D) in Fig. 3), the propagation is 
stable. When it approaches roller (D) the crack is 
arrested.  

  

 
Fig. 4: The standard ‘pin’ and frictionless ‘roller’ 

4ENF setups. 

This stable propagation enables monitoring of the 
propagating crack and strain measurements with the 
embedded FBG sensor. Two different test setups 
were used in this work: In the first, subsequently 
called pin-setup, the load was applied onto the 
sample (at points (A), (B), (D) and (E)) by 10 mm 
diameter steel loading pins placed in a v-notch and 
held in place by springs (Fig. 4). In the second setup, 
called roller-setup, the pins were supported by roller 
bearings. In this latter setup the friction between the 
load pins and the composite is practically eliminated 
(loading point (A) is further described below). 
Photographs of the two fixtures are shown in Fig. 4.  

The stiffness in a 4ENF sample is not uniform along 
the sample length because of the presence of the 

crack on one end. To ensure that all four loading 

pins are subjected to the same load, the steel beam 
holding the two upper pins (B) and (D) was allowed 
to rotate at point (C) around an axis in the width 
direction of the sample. The spans of the test were 
chosen so that the upper span L=80 mm was half 
that of the lower span 2L = 160 mm. The samples 
were placed in such a way that the initial crack tip 
was between the loading pins (B) and (D) and for 
those equipped with a sensor, the end of the FBG 
zone was 10mm away from loading pin (D) in order 
to avoid the pin’s influence on the measured signal. 
The crack length was measured from the centre of 
the lower left pin (A) to the crack tip as determined 
by the graduation lines on the specimen side. 

During several pilot tests, with the pin-setup, it was 
observed that the samples were horizontally 
displaced due to the unequal stiffness. Since the 
crack length was measured with the graduation 
drawn on the sample, such a shift would lead to 
erroneous crack length data. To avoid this 
displacement, the samples were blocked at pin (A). 
For the pin-setup, the pin was cut two millimetres 
above the centre and glued to the sample (see Figs. 3 
and 4). The loading pin (E) was reduced to a 
diameter of 7 mm to account for the reduced height 
of the cut pin (A). In the case of the roller-setup, the 
pin (A) was replaced by a triangular prism which 
was supported by roller bearings. The sample was 
blocked in the support by a triangular groove 
machined on the cylinder (see Fig. 4).  

All samples were loaded with a rate of 0.04mm/s 
until the first crack initiation occurred. Initiation 
consisted of a sudden jump attributed to the resin 

 
Fig. 3: A schematic of the 4ENF testing configuration indicating the two types of support on the left-hand 
side and the location of the optical fiber on the tensile part of the specimen (see text for details). 
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rich zone just behind the PTFE insert. In the case of 
the pin-setup, an initial long crack growth jump was 
observed accompanied by a load reduction. Thus, 
the sample was unloaded and then reloaded to 
initiate the crack and obtain an initiation value of 
GIIc. For the roller-setup a steadily growing crack 
was observed after the jump therefore, the sample 
was not unloaded.  All samples were loaded until the 
crack reached the loading pin (D). During the entire 
crack propagation photographs were taken every two 
seconds with a CCD camera to monitor crack length. 
The time for the crack to cross a marking on the side 
of the sample was extracted from these images and 
correlated with the corresponding load and 
displacement. A linear fit of the compliance versus 
crack length curve was then carried out in order to 
calculate the crack length for the complete load 
displacement curve and also calculate the ERR.  

2.3 Strain measurements 

The wavelengths of the FBG sensors were measured 
with a SM130 device from Micron OpticsTM at an 
acquisition rate of 100 Hz throughout the test. The 
sensor consisted of an array of eight FBGs with a 
separation, in reflection wavelengths, of 5nm which 
guaranteed that the reflection peaks wouldn’t 
superimpose when they shift during the test. The 
measured wavelength changes were transformed into 
strain using the Bragg relation (1) [12]: 

0
(1 )λ ε

λ
∆

= −Bi
e z ,i

B ,i
p     (1) 

where 0B ,iλ  is the Bragg wavelength of each FBG 
(i=1,…,8), and Biλ∆ is the corresponding peak shift 
due to strain z ,iε . The effective photoelastic 
coefficient ep  is a property of the fiber equal to 
0.2148. It can be calculated on the basis of the 
Pockel’s constants and the Poisson’s ratio of the 
fiber [12,13] or measured experimentally by loading 
a single sensor and using Eq. (1). 

4.   Numerical modeling 

Stress analysis of the crack fiber interaction on a 
double cantilever beam specimen made of the same 
material, with the optical fiber at the same location 
as in the present studies, showed negligible 
influence on the ERR and load-displacement curves 
in Mode I delamination [6]. Thus, a two dimensional 

plane strain analysis is a realistic approximation and 
the measured and calculated quantities in the present 
studies are considered to not be influenced by the 
present of the optical fiber near the delamination 
plane. Accordingly, the numerical model used to 
simulate the 4ENF tests consisted of two beams each 
one with 8700 linear plane strain brick elements 
(Abaqus CPE4R).  
The cohesive zone approach is a convenient 
numerical tool in modeling crack propagation at the 
interface of similar or dissimilar materials like 
adhesive joints and composite layers [14,15]. In this 
method, the pertinent material properties, such as 
fracture energy and fracture strength, are taken into 
account directly in a damage mechanics based model 
representing the evolution of the interfacial stresses 
as a function of the opening displacements and 
accumulated damage.  
Among different cohesive element constitutive 
relations, the bilinear traction-separation model, 
shown in Fig. 5, was employed in this study, 
because of its simplicity, with the maximum stress 
criterion for damage initiation on the cohesive 
elements. According to the model, initially, the 
cohesive traction increases linearly with a slope of 
K. Once the traction in the cohesive zone reaches a 
certain value τmax, damage initiation takes place. 
Upon further loading, evolution of damage from 
initiation to complete failure is defined based on the 
energy dissipated due to damage process. This 
energy is identified as fracture energy equal to the 
area under the traction-separation curve of denoted 
as GIIc (Fig.5). To use a cohesive zone in the 
simulation, the initial stiffness K, damage initiation 
stress τmax and Mode ІI fracture energy GIIc should 
be identified. Note that K should be sufficiently high 
to minimize its effect on the overall compliance of 
the model. Regarding τmax and GIIc, they were 
numerically identified in order to simulate the 
applied load and the strains on the FBG sensor. 

The interface between the two beams was modeled 
using cohesive elements of 20μm length and zero 
thickness. In this way the fracture surfaces were in 
contact with each other right from the beginning of 
the simulation. From the loading pin (D), to the right 
hand end of the specimen, the beams were tied 
together without cohesive elements in between. The 
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loading pins (B), (D), and (E) were simulated as 
analytical surfaces. 

 
Fig. 5: Traction-separation law of the cohesive zone 
model used in the present studies. 

Hard contact was defined between the fracture 
surfaces to avoid interpenetration of the two arms as 
well as between the pins and the specimen. Two 
friction coefficients µc and µs were defined, for the 
contact between cracked surfaces and the contact 
between pins and specimen, respectively, and a 
maximum of 5μm of elastic slip was assumed. The 
load was introduced by displacing point (C) which 
was situated 40mm above the sample and coupled to 
the loading pins (B) and (D). To ensure that only 
shear stresses introduce damage, the criterion for the 
other two directions was set to 1000MPa. The 
cohesive element stiffness was chosen to be 
98000GPa/mm in the normal direction of the 
cohesive elements and 6000GPa/mm in shear. The 
maximum stress at damage initiation as well as the 
energy of the damage and external friction 
coefficients were identified with an inverse 
identification algorithm using the strain distribution 
around the crack (measured with the FBGs) and the 
applied load and displacements as target values. 
Moreover, a parametric study in which both friction 
coefficients were varied was carried out to elucidate 
the effects of friction on the load-response and 
energy dissipation mechanisms in 4ENF tests. 

In order to identify the parameters of the cohesive 
elements along the interface in the presence of 
friction, the experimentally obtained strain 
distribution εexp (measured by FBGs, see Fig. 6) and 
load-displacement values Pexp were compared to the 
ones provided by the numerical simulations, εnum and 
Pnum. Thus, these parameters were implemented in 
an error measure defined as: 

( )
2 2

1 1
2 2

num exp num exp
max IIc

exp fbg exp

P P
F ,G ,

P n
ε ε

τ µ
ε

 − −
= + 

  

 (2) 

where fbgn is the sensor number on the wavelength 
multiplexed optical fiber.  The error norm F(τmax, 
GIIc, µ) was then employed as an objective function 
which was minimized iteratively using the lsqnonlin 
non-linear least-square solver built in the 
commercial software Matlab® v7.7. At each 
iteration, an FE solution for Pnum and εnum was 
performed for the current set of identification 
parameters τmax, GIIc and µ using Abaqus® v6.10 and 
when required the derivatives of the solution were 
evaluated by finite difference. Convergence of the 
minimization algorithm was monitored and a 
repeatability analysis was performed to verify that 
the final solution did not depend on the initial set of 
the parameters. It should be noted that fiber bridging 
was not considered in the cohesive model since it 
was observed that the FE model prediction without 
bridging matched already very well the 
experimentally determined strain distribution (Fig. 
6). 

5. Results and discussion 

5.1 Strain distribution around the crack tip:  

Combining the strain – time data obtained from the 
FBG measurements with the crack length – time 
data from the visual crack length measurements 
(using compliance to get quasi continuous data 
points in the latter), time was eliminated and a strain 
- crack length plot was obtained for each for each 
FBG.  

Additionally, since the position of each FBG within 
the sample is known from OLCR [5,16] 
measurements, these curves can be shifted to a 
common origin. In this work the position of the last 
FBG sensors was taken as a reference and all the 
other strain curves are transferred to this position. At 
this position, the crack tip was set as the zero as 
shown in Fig. 6. Note here that after the shift, the 
feature which was characteristic for the crack tip, 
namely a dramatic increase in strain ahead of the 
crack tip and practically zero strains in the wake of 
the crack. In addition, all curves practically coincide 
indicating a self-similar evolution of the strain 
profile. Note that in a previous work on Mode I 
delamination [4,5] changes in the individual strain 

τmax 

GIIc 
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profiles were observed indicating toughening 
mechanisms, in particular fiber bridging with a 
significant increase in the ERR.   

 
Fig. 6: Axial strain data measured with the 
embedded sensors. Note here the difference in the 
wake of the crack. Ahead of the crack the curves 
practically superimpose. 

The first FBG in the array (in the direction of the 
crack advance) thus give most of the information 
from the zone behind the crack tip whereas the last 
one provides the information from the zone ahead of 
the crack tip.  

 
Fig. 7: Measured and simulated load-displacement 
curves for both 4ENF setups. 

Note that if the fiber is embedded in the upper half 
of the sample the exact same strain distribution with 
reversed signs is observed.   

Load –Displacement curves: Figure 7 displays the 
load displacement curves of the 4ENF tests. The 
initial parts show the linear elastic behaviour of the 
material in both setups. Upon initiation the crack 
jumps for several millimeters which is due to the 

resin rich zone at the insert’s tip.  Then, there is a 
clear difference between the two set-ups: the load 
decreases rapidly and with intermittent jumps for the 
pin setup, while it is slightly increasing and not 
showing any jumps for the roller-setup.  Towards the 
end of the propagation, the load slightly increases in 
both setups which is due to the crack interaction 
with the second upper pin (D).   

Energy release rate data are shown in Fig. 8. These 
curves were obtained using the derivative of a 
(linear) compliance versus crack length fit to 
calculate GII (note that the linear fit has an R2 of 
>0.98) according to Eq. (3) :  

2

2
=II

P dCG
B da

     (3) 

 

 
Fig. 8: Energy release rate data for the two types of 
support (The dotted lines are from the pin-setup and 
solid lines are from the roller-setup). 

As the strain distribution measured with the FBG 
sensors has shown, there was no fibre bridging (or if 
it is present it is independent of crack length and can 
thus not be responsible for a change in ERR). This is 
also confirmed by visual inspection of the fracture 
surfaces where no bridging fibres were observed 
after delamination.  However, another dissipation 
mechanism that is clearly present in Mode II 
delamination is friction. Two different locations of 
friction can be identified: friction between the 
loading pins and the sample surface and friction 
between the fracture surfaces. The experiments have 
shown that the pin to sample surface friction plays 
an important role as the change in this friction 
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resulted in dramatically different test behaviour. The 
contribution of the friction of the fracture surfaces 
was further studied in a numerical model that 
allowed to examine individually the influence of 
each of these two friction sources on the 4ENF test. 

Simulations with cohesive elements: First, the 
parameters of the cohesive elements and the 
coefficient for the friction between the pin and the 
sample surface were identified with a parametric FE-
model of the pin-setup. An inverse identification 
algorithm was used where the objective function was 
an error vector constructed from the difference 
between the strain distribution measured with the 
FBG sensors and the simulated strain. The 
minimization of the error gave a value of maxτ = 38 
MPa for the damage initiation criterion and the 
friction between the pins and the sample surface was 
found to be µs=0.35. The ERR was identified to be 

IIcG  = 1070 J/m2. From the results in Fig. 8 it is 
immediately clear that this value cannot be obtained 
from the load displacement curve measured with the 
pin-setup, however, it corresponds very well to the 
ERR measured with the roller-setup. 

Next, the influence of the friction between the 
fracture surfaces was studied. This parameter did not 
converge in the identification. Thus it was varied 
manually between 0.04 and 0.3 keeping all other 
parameters unchanged. Figure 9 (a) shows that there 
is almost no change in the load displacement curves 
upon varying this friction parameter. On the other 
hand, the change of the pin to surface friction results 
in a significant change of the load displacement 
curve as shown in Fig. 9b. As the friction of the 
fracture surfaces leads to a change of dissipated 
energy, the load changes slightly and it was found 
that a friction of µc = 0.2 leads to the best fit 
between the measured and simulated load 
displacement curves, however, this parameter has 
almost no importance on the simulation results.   

A comparison of the load displacement curves from 
the experiments and the corresponding simulations 
with the identified parameters (the pin to surface 
friction was put to zero for the roller setup 
simulation) is shown in Fig. 7. The length of the 
initial crack a0 was taken after the first jump as the 
numerical model did not simulate the resin rich 
region and the resulting jump of the load. Thus, the 

initial linear increase does not overlap between the 
experiment and the simulation. The rest of the two 
curves are well validated by the experimental 
curves. These two numerical models show clearly 
that the friction between the pin and the sample 
surface (µs = 0.35 for the pin-setup and µs = 0 for the 
roller setup) is the single most important difference 
between the two setups. Further, this friction also 
explains the discrepancy between the identified ERR 
and the ERR found experimentally with the pin-
setup as well as its decreasing nature on the latter 
setup.  

 

 
Fig. 9: Simulated load-displacement curve for 
different friction coefficients, (a) the composite – 
composite friction µc is varied and the support 
friction is µs = 0.35,  (b) the support friction µs is 
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varied and the composite – composite friction is 
µc=0.2.  

Conclusions 

1. The two types of support used in the present 
studies of Mode II delamination testing clearly 
demonstrate the importance of friction of the 
load-displacement curves and energy release 
data.  

2. The axial strain distribution during a Mode II 
delamination cracking was measured with an 
embedded wavelength multiplexed FBG sensor. 
The strain profiles from the FBG sensors 
superimpose well demonstrating the absence of 
fiber bridging during crack growth.  

3. The strain distribution was used to identify the 
parameters of a cohesive element model 
including damage initiation and ERR as well as 
friction parameters. The numerical models with 
the identified parameters reproduced very well 
the experimental curves. 
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1 Abstract  

Here, with the aim at improving electrical 

conductivity of carbon nanotube/polymer 

nanocomposite films in a given nanofiller 

concentration, two different approaches were 

studied: nanomaterials localization through 

nanocomposite patterning and hybrid nanocomposite 

systems. In the first approach, nanocomposite 

meshes were fabricated through the directed 

deposition of the nanocomposite filaments on a 

substrate using the UV-assisted direct-write 

technique. The pore spaces between the filaments 

were then filled with the neat polymer to create a 

thick film. A similar nanocomposite film with the 

same thickness and amount of nanotubes was also 

fabricated with a homogeneous distribution for 

comparison purposes of their electrical properties. 

The film composed of nanocomposite mesh showed 

higher electrical conductivity (by two orders) 

compared to a film with homogeneous nanotube 

distribution. In the second approach, an additional 

nanoinclusion, either graphene or silver nanowires 

was introduced to the nanotube/polymer 

nanocomposite in order to study the synergetic 

effects of two nanofillers (50/50 by weight with total 

concentration of 1wt.%) in the resulting hybrid 

(ternary) system. The second approach did not show 

an improved electrical conductivity at least at these 

low nanofillers concentrations.   

 

2 Introduction  

Electrically conductive nanocomposites using 

nanomaterials such as carbon nanotubes (CNTs), 

graphene, and metallic nanowires incorporated into 

polymer matrices feature advanced multifunctional 

properties for a wide variety of applications in 

aerospace and microelectronics [1-7]. In particular, 

in conventional aerospace composite structures, a 

copper mesh is bonded on the outer surface of the 

structure to provide a conductive path serving as 

protection against lightning strike [2]. The aerospace 

industry desires to replace these heavy metal meshes 

with lighter materials like nanotube-polymer 

nanocomposites while preserving the conductivity 

requirement. However, until now, most of the 

researches undertaken on using nanocomposites as 

conductive surface have been limited to the use of 

nanocomposite films with uniform filler distribution 

[5,7,8]. 

 

The electrical conductivity of polymer-based 

nanocomposites involves the formation of 

conductive nanofiller percolation networks in the 

polymer matrix. The increase of the conductivity can 

be attributed to the formation of conductive 

pathways when the filler content exceeds a critical 

volume fraction. This critical concentration of the 

conductive additive (e.g., CNTs) is named the 

percolation threshold. In general, for additive 

concentrations below the percolation threshold, the 

electrons must travel through several large zones of 

insulating polymer matrix between the neighboring 

conductive nanotubes defined as electron tunneling. 

When the percolation networks are formed (above 

the percolation threshold), electrons conduct 

predominantly along the conductive nanotubes and 

move directly from one nanotube to the next. The 

importance of tunneling effect gradually decreases 

with increasing the nanotube loadings by providing 

more conductive paths [9].  

 

The percolation threshold for conductive particles 

embedded in an insulated polymer is very sensitive 

to the geometry of the fillers and their spatial 

arrangements in the matrix. A decrease in electrical 

resistivity with an increase in filler content is 

attributed to the probability of the fillers to contact 

each other [9]. The characteristics and properties of 

the fillers themselves (e.g., aspect ratio, specific 

surface area, and surface conductivity), their 

dispersion and interfacial interaction between the 

nanotubes and polymer matrix are parameters 

influencing the composite conductivity [3,10]. The 

percolation threshold can be achieved at lower filler 
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concentrations by using high aspect ratio (i.e., 

length/diameter) fillers.  Any kind of treatment such 

as shear mixing, sonication and functionalization can 

damage the fillers and reduce the aspect ratio of the 

nanotubes which will lead to an increase of the 

percolation threshold [10].  

 

Recently, the optimized dispersion/distribution 

status of nanofillers has been of a great interest in 

order to increase the electrical conductivity of 

nanocomposites at a given concentration. Hybrid 

(ternary) system having two different nanofillers 

have been reported to represent enhanced electrical 

conductivity through the synergy between two 

different nanofillers [11,12]. A heterogeneous 

distribution has been demonstrated to achieve higher 

conductivities at lower nanofiller loadings compared 

to homogeneous distribution [2,13]. Double 

percolation, i.e., confining nanofillers in any one of 

the phases of a biphasic polymer, and the creation of 

repulsive forces between nanofillers and the host 

polymer (e.g., polar/non-polar) were demonstrated 

as efficient techniques [13].  

 

Here, we present two different approaches to 

improve the conductivity of polymer-based 

nanocomposites. The first method is based on the 

utilization of the ultraviolet-assisted direct-write 

(UV-DW) technique [3,14] for the fabrication of a 

conductive nanocomposite mesh. This mesh was 

electrically compared with a nanocomposite film of 

the same overall size and same amount of nanofillers 

but uniformly distributed through the fabricated 

films. The second approach is to form a ternary 

nanocomposite using an additional filler in order to 

investigate the synergetic effect of different fillers 

for improving their dispersion and the electrical 

conductivity of the resulting hybrid nanocomposites.  

 

3 Experimental details 

3.1 Nanomaterials characterization 

Three different nanomaterials were used in this 

study: multi-walled carbon nanotube (MWCNT) 

produced by catalytic CVD method was purchased 

from Skysprings Nanomaterials Inc. The diameter 

and length of the MWCNTs were 10-20 nm and 5-

30 µm, respectively. Graphene nanopowder having 

average flake thickness of 8 nm was purchased from 

Graphene Supermarket. Silver nanowires were also 

provided from Nanostructured & Amorphous 

Materials Inc. with the diameter and length of 227 

nm and 6.1 µm, respectively.  

The nanomaterials were observed by field emission 

scanning electron microscopy  using a Jeol JSM-

7600TFE (FESEM, 5 kV) microscope and also by 

transmission electron microscopy (TEM) using a 

Jeol JEM-2100F (FEG-TEM, 200 kV) microscope. 

Raman spectra were acquired at room temperature in 

the 100-2000 cm
-1

 spectral region under ambient 

conditions using a back-scattering geometry on a 

microRaman spectrometer (Renishaw Imaging 

Microscope Wire TM) with a 50× objective to focus 

the laser beam on the sample. The sample excitation 

was performed by using a 514.5 nm (2.41 eV) line 

from an air cooled Ar+ laser. The MWCNTs and 

graphene sheets were also characterized by X-ray 

photoelectron spectroscopy (XPS, Escalab 220i-XL 

system, VG instruments) using the monochromatic 

Al Ka radiation as the excitation source (1486.6 eV, 

full width at half-maximum of the Ag 3d5/2 line = 1 

eV at 20 eV pass energy) in order to assess their 

quality and possible presence of functional groups. 

 

3.2 Nanocomposite preparation  

The nanocomposites were prepared by blending a 

special one-component dual cure (ultraviolet/heat 

curable) polymer resin (NEA 123MB, Norland 

Product Inc.) and nanomaterials, either only 

MWCNTs or its combination with the second 

nanofiller (i.e., graphene or silver nanowire) at 

different loadings using ultrasonication method. The 

desired amount of nanofillers were first dispersed in 

dichloromethane (DCM, Sigma-Aldrich) by bath 

ultrasonication (Ultrasonic cleaner 8891, Cole-

Parmer) for 30 min. The resin was then mixed with 

the nanotube suspension in DCM over a magnetic 

stirring hot plate (model SP131825, Barnstead 

international) at 40°C for 4 h. The residual solvents 

were evaporated by heating the mixtures at 30°C for 

12 h and at 40°C for 24 h in a vacuumed-oven (Cole 

Parmer).  

 

3.3 Fabrication of nanocomposite mesh and film  

The UV-DW technique (Fig. 1a) was used to 

fabricate nanocomposites meshes inspired by the 

conventional copper mesh geometry in order to 

confine the conductive nanofillers in a defined path 

and facilitating their direct contact. The UV-DW 

platform is composed of a computer-controlled robot 

(I & J2200-4, I & J Fisnar) that moves a dispensing 

apparatus (HP-7X, EFD) and a UV light-emission 

set-up along the x, y and z axes. The mesh was 

fabricated by extruding the nanocomposite 

suspension through a micro-nozzle (5127-0.25-B, 
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EFD, ID = 150 µm) over a glass substrate. The mesh 

was 50 mm long and 10 mm wide (Fig. 1b). The 

structure was in-situ cured using UV exposure (LED, 

NCSU033A, Nichia, having a wavelength centered 

at 365 nm) while being extruded. The pore spaces 

between the filaments were then filled with the neat 

polymer, resulting in a thick film consisting of the 

nanocomposite mesh embedded into the neat 

polymer. To assess the effect of nanocomposite 

patterning, a thick film of nanocomposite of similar 

dimensions (a calculated thickness) of the mesh 

structure was also fabricated (Fig. 1c). The 

nanofiller loading were normalized over structures’ 

volume so that the amount of MWCNT in the 

nanocomposite mesh and film were equal. A 

nanocomposite film containing 5 wt.% of MWCNTs 

was also fabricated for comparison purposes. All the 

samples were first put under illumination of a UV 

lamp (Cole-Parmer) for 30 min for pre-curing, 

followed by post-curing in the oven at 90 °C for 3 h.  

 

3.4 Nanocomposite morphological and electrical 

characterization  

For optical imaging purposes, a ~20 μm-thick film 

of the nanocomposite was fabricated by UV-DW. 

The quality of the mixture was observed for the 

cured nanocomposite film using an optical 

microscope (BX-61, Olympus) and image analysis 

software (Image-Pro Plus6, Media Cybernetics).  

 

The electrical properties of the nanocomposite mesh 

and film were characterized using a Keithley 4200 

semiconductor parametric analyzer (MM 2000 probe 

station) between two ends of the samples. These two 

ends were silver-coated for ensuring proper 

electrical contact and served as electrodes, as shown 

in Figure 1c.  

 

4 Results and Discussion 

4.1 Nanomaterials characterization 

Figure 2 shows typical SEM and TEM images of the 

nanomaterials used in this study. According to the 

supplier as well as our results, the MWCNTs have 

been purified, although few impurities (i.e., dark 

particles in the TEM image) are also observed. 

These are likely some residual catalyst nanoparticles, 

which were not entirely digested during the possible 

purification step. The MWCNTs exhibit a diameter 

in the 10-20 nm range and lengths reaching up to 

few tens of microns. The graphene sheets are 

stacked due to the weak van der Waals interaction 

while the individual silver nanowires can be easily 

seen in the SEM and TEM images. 

 

Raman spectroscopy of MWCNTs and graphene 

provides information on the quality of structural 

ordering. In Figure 3a, the peaks located in the 1300-

1600 cm
-1

 range; the D-band (1350 cm
-1

) and the 

tangential stretching G-band (1600 cm
-1

), are typical 

fingerprints of MWCNTs and graphene. The G/D 

ratio is generally used to qualify the degree of purity 

of these nanostructures. Here, the G/D ratio of 

MWCNTs and graphene are found to be ~1.1 and 

~12, respectively, which indicate their quality are 

relatively high compared to those reported in the 

literature [15]. This is further supported by XPS 

measurements shown in Figure 3(b). The main C 1s 

core level peak that arises from the C=C bonds is 

narrow in both samples at 285 keV. A few very 

weak peaks are also observed which might be 

attributed to the functional groups, possibly created 

during the purification step. Based on all the above 

results, it is fair to assume that the possible 

purification process by the supplier did not affect the 

structural quality of these carbonaceous structures 

which is the ideal case for electrical conductivity 

improvement.    

 

4.2 Nanomaterials dispersion  

Figure 4 shows typical optical micrograph of 

nanocomposite films, either single filler or hybrid 

ones with different nanofillers type and 

concentration. The bright regions represent the 

surrounding polymer while the observed dark spots 

are thought to be nanotubes aggregates and/or 

graphene sheets. The aggregates represent different 

sizes up to ~10 μm in diameter, although majority of 

them have smaller sizes down to ~1 μm in diameter). 

A very high degree of dispersion is not observed as 

expected since ultrasonication is found as an 

inefficient method to well disperse the nanofillers in 

the polymer matrix. Moreover, it is clearly hard to 

reach high degree of dispersion without the help of 

the functional groups. It should be mentioned that 

for the sake of electrical properties improvement, 

there is no need to uniformly disperse the fillers and 

also the fillers chemical functionalization should be 

avoided [15]. 

  

Figure 4a shows an optical image of nanocomposite 

film containing 5 wt.% of MWCNTs. The MWCNT 

aggregates with different sizes are observed which 

seem to form conductive pathways. The MWCNT 
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aggregates are less compact and farther from each 

other at lower concentration, as shown in Figure 4b. 

The conductive paths might be still created in this 

case, assuming the individual MWCNTs cannot be 

observed by the optical microscopy. In the absence 

of second filler, MWCNTs tend to highly aggregate 

and therefore a visible percolation network cannot 

be observed. The average size of MWCNT 

aggregates slightly diminished in the presence of the 

additional nanofillers, either graphene or silver 

nanowires (50/50 by weight with total concentration 

of 1wt.%), as can be seen in Figures 4c and 4d. This 

suggests that the addition of the second filler confer 

a synergetic effect on the MWCNTs dispersion 

[11,12]. This microstructure is a favorite case for the 

sake of mechanical properties improvement but not 

necessarily for the enhancement of electrical 

performance of the resulting hybrid nancomposites.  

 

4.3 Electrical characterization  

4.3.1 First approach: Nanocomposite patterning  

Figure 5 shows the I-V curves of the nanocomposite 

mesh and films. The electrical conductance of the 

nanocomposite film containing 1 wt.% uniformly-

distributed MWCNTs is found to be as low as ~3.3 × 

10
-5

 S.m
-1

.  This value dramatically increased to ~2 × 

10
-3

 S.m
-1

 (by two orders) for the films composed of 

nanocomposite mesh. The conductivity 

improvement can be interpreted by understanding 

the contribution of two main nanocomposite 

electrical conductivity mechanisms which are 

nanotubes’ direct contact and/or electron tunneling 

between neighboring nanotubes in proximity.  Since 

the amount of nanotubes is equal in both the 

nanocomposite mesh and the film, the 

nanocomposite patterning permitted to confine 

MWCNTs in a desired pattern, and thus enhancing 

the probability of contact points through which 

electrons are transferred and also decrease the 

distance of adjacent nanotubes. For the 

nanocomposite mesh, the direct contact is believed 

to be dominant. This is further confirmed by 

comparing the electrical conductivity of the 

nanocomposite mesh and nanocomposite film 

containing 5 wt.% of MWCNTs. The electrical 

conductivity of the film (uniform distributed 5 wt.% 

nanotubes) is slightly above that of the 

nanocomposite mesh using only 1 wt.% MWCNTs. 

It should be mentioned that the electrical 

conductivity of nanocomposites does not increase 

too much above certain nanotube concentrations.  

 

In addition to other parameters (e.g., aspect ratio and 

surface treatment) influencing the electrical 

conductivity of polymer nanocomposites, the 

nanofiller dispersion/distribution seems to play an 

important role regarding the maximum achievable 

conductivity. Although there is an argument in the 

literature [11,12] on the dispersion effect on 

nanocomposite electrical conductivity, many reports 

including the present paper suggest that the highest 

conductivities are not necessarily achieved at the 

best filler dispersion [15]. This might be due to the 

fact that a good dispersion can lead to the formation 

of an insulating polymer layer around the conductive 

fillers, compromising electron transfer in the fillers 

percolation paths. It is worth noting that the 

nanocomposite mesh manufactured here not only 

helped for the enhancement of electrical 

conductivity, but also has high potentials (at higher 

filler loadings) for electromagnetic interference 

(EMI) shielding applications representing several 

advantages such as lightweight, corrosion resistance,  

flexibility, and cost-effective compared to 

conventional metallic based materials [4,13].  

 

4.3.2 Second approach: Hybrid nanocomposite 

systems 

Figure 6 represents the electrical conductivity 

behavior of the binary (MWCNTs/polymer 

nanocomposites) and the ternary (MWCNTs/second 

nanofiller/polymer nanocomposites) films having a 

total 1 wt.% of nanoinclusions, 0.5wt.% each. The 

highest conductivity is observed for the binary 

nanocomposite systems and decreased with the 

addition of the second nanofiller. These results are 

not consistent with some other works reported in the 

literature in which the incorporation of a second 

filler simultaneously improved the dispersion as well 

as the electrical conductivity. As shown in Figure 4, 

the nanotube dispersion was improved by the 

addition of the graphene and the silver nanowire, 

however, the electrical conductivity decreased. This 

supports our claim which indicates the best 

dispersion not necessarily leads to highest 

conductivities. Another contribution might come 

from the nanofillers concentration. Since the 

MWCNTs and the graphene represent different 

physical behavior (i.e., different aspect ratio and 

geometry), the graphene sheets might interfere the 

percolation pathways of the MWCNTs while the 

their concentration (i.e., now 0.5wt.%) might be 

close to the concentration threshold. It is well-

known that at the vicinity of the concentration 
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threshold, electrical conductivity may vary several 

orders. Therefore, it might be concluded that the 

formation of a hybrid structure between two 

different types of nanofillers could lead to synergetic 

effects in network formation, thus improving the 

electrical conductivity at the nanofiller concentration 

a little far above the concentration threshold, 

although it is not experimentally verified here.  
 

The same mechanism may be responsible for the 

decrease of the electrical conductivity of the 

MWCNTs/silver nanowires/polymer hybrid systems. 

In addition, the total volume concentration of 

nanofillers in this ternary system is much lower than 

that of the binary system, since the weight density of 

the silver is much higher than that of the MWCNTs. 

Another contribution may come from the huge 

difference between the fillers aspect ratio which are 

~ 27 and ~ 1000 for the silver nanowires and 

MWCNTs, respectively. Therefore, higher silver 

nanowire concentrations are needed for the creation 

of conductive pathways. As future work, the effect 

of filler concentrations will be systematically studied 

and compared with those in the literature. 

 

5 Conclusion 

Here, in order to achieve higher electrical 

conductivity in a given nanotube concentration, two 

different approaches were studied: 1. Conductive 

nanomaterials localization through nanocomposite 

patterning and 2. Fabrication of hybrid 

nanocomposite films in a ternary system with the 

presence of an additional filler. The patterned 

nanocomposite mesh fabricated using the first 

approach showed significantly higher electrical 

conductivity (by two orders) compared to the similar 

nanocomposite film with the same thickness and 

amount of nanotubes, however, a uniformly situated 

nanotubes (i.e., homogeneous distribution). The 

utilization of higher nanotube loadings, coating them 

with metals followed by metal sintering (minimizing 

contact resistance), and the use of metallic 

nanofillers may enable to achieve high electrical 

conductivity required for many aerospace 

applications. In the second approach, a better 

dispersion was achieved when the additional 

nanofiller, either graphene or silver nanowires was 

incorporated to the MWCNTs/polymer 

nanocomposites, however, representing lower 

electrical conductivities. To take advantage of 

synergy of two nanofillers for electrical conductivity 

improvement, higher loading of both fillers through 

which the conductive network can be formed is 

required.   

 

Depending on targeted applications, each approach 

may offer advantages over the other one. Although 

the patterning approach showed very promising 

results, the hybrid systems might be preferred for 

some applications due to their ease of fabrication 

and their cost-effectiveness. For instance, the 

patterning approach may be only applicable for the 

fabrication of small-size devices in microelectronics, 

but hybrid system could be easily applied for the 

fabrication of huge composite structures in 

aerospace applications. 
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Fig. 1. a) Scheme of UV-DW fabrication of nanocomposite and optical images of b) mesh embedded by the neat polymer 

and c) nanocomposite thick film.  
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Fig. 2. SEM (a, b and c) and TEM (d, e and f) micrographs of the MWCNTs, the graphene nanosheets and the silver 

nanowires, used in this study, respectively. 

 

 

 

 

Fig. 3. (a) Raman spectra of MWCNTs (top) and graphene (bottom) and (b) X-ray photoelectron spectra of MWCNTs 

(bottom) and graphene (top). 
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Fig. 4. Optical images of the nanocomposite thick films; (images at the top) the manufactured films made of binary 

nanocomposites (only MWCNTs as filler) and (images at the bottom) the manufactured films made of ternary 

nanocomposites (50/50 weight proportion of MWCNTs and graphene or silver nanowire as second filler with the total 1 

wt.% fillers concentration).  
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Fig. 5. Measured current upon voltage application (I-V curves) of the manufactured nanocomposite mesh (patterned) and 

the nanocomposite films at 1wt.% and 5 wt.% MWCNTs. 

 

 

 
 

Fig. 6. Measured current upon voltage application (I-V curves) of the manufactured nanocomposite films made of binary or 

ternary systems at total 1wt.% of nanofillers. 
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1 Introduction 

Nanoscale materials based on single-layered 2-D 

graphene sheets have attracted much attention 

recently because of their excellent properties: It has 

a large theoretical specific surface area (2630 m
2
g

− 1
), 

high intrinsic mobility (200 000 cm
2
v

−1
s

−1
) [1, 2], 

high Young’s modulus (~1.0 TPa) [3], high thermal 

conductivity (~5000Wm
−1

K
−1

) [4], optimal optical 

transmittance (~97.7%) and good electrical 

conductivity, merit attention for many potential 

areas [5, 6]. Graphene based materials have various 

promising applications [7], one of which is in 

polymer nanocomposite area [8] to behave high 

electromagnetic performance. At present, though 

composite materials employing carbon-based 

materials are dominated by carbon nanotubes, the 

intrinsic bundling of carbon nanotubes, the 

impurities from the catalysts and high costs have 

been hampering their applications [9]. It has been 

studied that these issues could be solved by 

incorporating graphene based nanosheets into 

polymer matrix as the effective filler to replace 

carbon nanotubes. Both graphene oxide (GO) and 

reduced graphene oxide (RGO, normally accepted as 

chemically generated graphene) are functional fillers 

for nanocomposites due to their special structure, 

dispersion quality and electromagnetic properties [7].  

It is vital to note that the electrical conductivity of 

graphene nanosheets and its aromatic network can 

be partially restored through removal of functional 

groups by chemical reduction from graphene oxide. 

Recently we reported preparing GO with modified 

Hummers method to achieve a better oxidation 

degree and synthesis of large scale of several 

microns of the nanosheets [10]. There are several 

ways to achieve reduced graphene oxide [11] and 

among those the method using hydrazine 

monohydrate was found to be highly effective and 

most widely used. Since graphene can be further 

synthesized by reduction from GO with hydrazine 

monohydrate in aqueous solution, it also can be 

modified by cations during the reduction process in 

order to achieve a better dispersion quality [12] thus 

can be well dispersed into solvents and polymer 

matrix. Herein, we report a facile synthesis method 

to prepare reduced graphene oxide nanosheets with 

hydrazine monohydrate, by adjusting various 

reaction times to reach different reduction degrees of 

RGO nanosheets without sacrificing their dispersion 

quality. The as-prepared nanosheets can serve as 

functional fillers in epoxy matrix by fast pre-

dissolving them into acetone as organic solvent and 

diluter, then we prepared their nanocomposite 

samples by vaporizing the diluter, and characterized 

the electromagnetic properties of them with various 

reduction degrees of graphene fillers. 

2 Experimental Section 

2.1 Preparation of RGO with Controlled 

Reduction Degree 

Modified Hummers method was employed to 

prepare graphite oxide from natural graphite powder 

which was oxidized by potassium nitrate and 

potassium permanganate, in the presence of sulfuric 

acid as our previous work indicated [10]. After 

oxidation, the as-prepared graphite oxide aqueous 

solution was cooled down to room temperature, 

concentrated and washed with deionized water 

several times. Before the next step, we adjust 2 

hours’ sonication to the graphite oxide aqueous 

solution to achieve single layer GO nanosheets. 

RGO was achieved from as-synthesized GO with the 

help of hydrazine monohydrate (purchased from 

Beijing Chemical Co.,Ltd.) under a mild condition: 
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at 40℃ in aqueous solution (GO:2mg/ml; hydrazine 

monohydrate:3mg/ml) after the adjustment of pH 

value by NaOH to 9~10 [12]. Various reaction times 

(4 h, 8 h and 12 h) were employed for reduction to 

achieve RGO-1, RGO-2 and RGO-3 respectively, 

thus to reach different reduction degrees. After the 

reduction process, the product was immediately 

washed with deionized water and ethanol several 

times, then dried under 70℃  in a vacuum oven. 

Before the preparation of the nanocomposites, the 

RGO products were grinded to powders. 

2.2 Preparation of RGO/epoxy Nanocomposites 

Same loading amount, 1% weight percent, of fillers 

(GO and various RGO powder samples) were 

weighed out respectively and well dispersed in 

acetone as the diluter firstly and then added in E51 

epoxy resin (purchased from Beijing Chemical 

Co.,Ltd.) to form a mixed solution. The RGO/epoxy 

suspension was well sonicated for 1 h at 60℃, then 

the solution was transfered from the sonicator to a 

rotary evaporator, by keeping the same temperature 

and with the help of a vacuum pump, the diluter was 

removed easily while the resin kept a low viscosity. 

Then the curing agent was added in the suspension. 

The well stirred mixture was poured into moulds as 

shown in Fig. 1 and the resin was cured at room 

temperature for 24 h to fabricate specimens for 

electromagnetic parameters testing [13]. Pure epoxy 

resin sample was prepared as the control group. 

2.3. Instruments and measurements 

X-ray diffraction (XRD) analysis was conducted 

with a Rigaku D/max-rB diffractometer using Cu K

αradiation. Atomic force microscopy (AFM) images 

were obtained by a Multimode Nano4 in tapping 

mode. Fourier transform infrared spectroscopy (FT-

IR) spectra were recorded on a Nexus 670 

spectrometer, in the range of 500-4000 cm−1
. The 

Raman spectra was measured on LabRam Aramis 

HORIBA Jobin Yvon S.A.S (lex=632.8 nm). X-ray 

photoelectron spectroscopy (XPS) measurements 

were performed using an AXIS ULTRA
DLD 

spectrometer with a monochromated Al K radiation 

(1486.6 eV). Calibration of all XPS spectra was 

performed using the C1s line at 284.8 eV and curve 

fitting and background subtraction were conducted 

by XPS PEAK Version 4.0 software. 

Thermogravimetric analysis (TGA, NETZSCH 

STA409) was performed under nitrogen flow from 

30 to 700 °C at a heating rate of 10 °C/min for 

nanopowders. Scanning electron microscope (SEM, 

FEI Quanta 200F) was used to observe the section 

surface morphology of various RGO/epoxy 

nanocomposites. The surfaces were sputtered with 

gold before SEM observation. An 8722ES vector 

network analyzer was applied to determine the 

complex relative permeability 
r r rj    

 

( : the real part of permeability, : the imaginary 

part of permeability) and relative permittivity 

r r rj      (  : the real part of permittivity, 

  : the imaginary part of permittivity) in the 

frequency range of 8.2~12.4 GHz and 12.4~17.8 

GHz. 

3 Results and Discussion 

Atomic Force Microscope is a direct method to 

characterize two dimensional nanomaterials by 

deposing the nanosheets onto a mica substrate and 

measuring their heights. The AFM images show that 

graphite oxide was successfully exfoliated and via 

sonication process, the GO nanosheets were well 

dispersed in aqueous solution (Fig. 2a). The 

thickness of the nanosheets is around 1 nm 

indicating that the nanosheets were dispersed as 

single-layer. It is widely accepted that after 

reduction, the RGO will reduce some of its oxygen 

functional groups which can lead to various extent 

of agglomeration and thus diminish the dispersion 

quality in aqueous solution. However, by modifying 

nanosheets with cations such as K
+ 

and Na
+
 and 

reduce GO under a mild reduction condition, the 

single-layer status will be remained [12]. We 

adjusted pH value from 9~10 of the solution by 

adding a few drops of NaOH solution in order to 

modify the nanosheets with a charge repulsion effect, 

and then reduced the nanosheets at a relatively low 

temperature, 40 ℃ , in order to prevent the 

nanosheets from agglomerating heavily. Fig. 2b, Fig. 

2c and Fig. 2d show that these RGO-1, RGO-2 and 

RGO-3 nanosheets can be retained as single-layer 

(about 1 nm thick) during the reduction process, 

indicating a good dispersion quality without serious 

graphitic layer restacking in the dissolved state. 

However, the side effect of reduction of removing 

oxygen functional groups still exists: during the 

reduction, the nanosheets were irregularly broken 
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into small pieces. The original piece scale was 

around 5 microns appeared as a full square-like or 

circle-like shape while with the longest reduction 

time of 12 h, the nanosheets were tore into ribbon-

like shape (Fig. 2d) and the pieces were much 

smaller from the observation under AFM. 

The crystal structure of solid state RGO-1, RGO-2 

and RGO-3 in each corresponding reduction stage 

are illustrated by XRD, and the results are shown in 

Fig. 3. In our previous work, a diffraction peak 

occurs at 26.6 º in the XRD pattern of graphite 

corresponding to the (002) reflection, while the 

sharp peak shifts to 10.8 º in graphite oxide, 

indicating that the interlayer distance of pristine 

graphite is widened from 0.334 nm to 0.818 nm, due 

to the intercalation of oxygen functional groups and 

H2O [10]. Here, the XRD result shows the change of 

interlayer structure during the mild reduction 

process. After reduction for 4 h, the diffraction peak 

around 11ºis still significant, revealing the powder 

state reduction product has some remained oxygen 

functional groups linked on the surface, because the 

expanded layer structure still existed in the solid 

state. However, in contrast with solid GO XRD 

pattern, the solid RGO-1 XRD pattern appears to 

have a small wide peak around 24º, showing a slight 

extent of reconstruction of graphite stacking. During 

the reaction time from 4 h to 8 h, the peak intensity 

around 11ºdiminishes considerably while the wide 

peak around 24ºbecomes stronger, indicating more 

graphite structures were reconstructed thus the 

monolayer nanosheets tended to restack with each 

other in the solid state. After reduction for 12 h, the 

peak caused by expanded layer structure almost 

disappears in the solid RGO-3 XRD pattern. XRD 

results of RGO-1, RGO-2 and RGO-3 can show that 

there is a gradually changed interlayer structure 

during reduction process, and the graphite structure 

are slightly reconstructed in each reduction stage. 

In order to confirm the reduction process and verify 

that the reduction degrees are under control, we 

conducted FT-IR. In our previous work, the GO 

spectrum has an intensive broadened peak at about 

3500 cm
-1

, which is corresponding to the O-H 

stretching vibrations of the C-OH groups and the 

water molecules intercalated into GO [10]. The 

RGO-1, RGO-2 and RGO-3 also share this peak (Fig. 

4), indicating the controlled reduction degree and the 

remained oxygen functional groups which were 

attached with water molecules. Along with other 

peaks at 1045 cm
-1

 (alkoxy C-O groups), and 1725 

cm
-1

 (carboxyl and carbonyl C-O groups), this 

broadened peak simultaneously confirms the 

presence of hydroxyl, carboxyl and carbonyl groups 

in RGO-1, RGO-2 and RGO-3. Besides, more peaks 

around 1223 cm
-1

 indicate that epoxy groups also 

remained linked to RGO-1, RGO-2 and RGO-3. 

Those strong absorptions around 1223 cm
-1

 and 

1045 cm
-1

 gradually disappear in the spectrum of 

RGO-1, RGO-2 and RGO-3 nanosheets, revealing 

that some alkoxy and epoxy groups were removed 

during the reduction process. Meanwhile, the peak 

around 1630 cm
-1 

becomes sharp, which represents 

the stretching of C-C in aromatic rings of graphene 

and reveals that the aromatic structure was gradually 

reconstructed. Hence, it can be concluded that GO 

was partially reduced to RGO-1, RGO-2 and RGO-3 

by hydrazine monohydrate according to these 

variations of IR absorptions, and these results show 

a gradually decreased intensity of oxygen functional 

groups with a longer reaction time, also a higher 

level of reduction degree. Moreover, from RGO-1 to 

RGO-2, a more obvious disappearance of the peak 

around 1223 cm
-1

 firstly shows up, while from 

RGO-2 to RGO-3, the peak intensity around 1045 

cm
-1

 strongly diminishes. This phenomenon may be 

due to the mechanism of the reduction process by 

firstly reducing the epoxy group or may be due to 

the relatively larger amount of epoxy group which 

were reduced at the first 4 hours’ reaction. 

The XPS is employed to better illustrate the precise 

reduction degree, the results are shown in Fig. 5. 

The reduction of gradually reduced GO during 

reduction process is well confirmed: by taking the 

ratio of C1s to O1s peak area in XPS spectra of 

RGO-1, RGO-2 and RGO-3, we obtained the atomic 

ratio of C/O. The gradual increase of atomic C/O 

ratio (GO: 2.06 [10], RGO-1: 3.58, RGO-2: 4.03, 

RGO-3: 5.19) and peak shifts in Fig. 6 indicate that 

RGO-1, RGO-2 and RGO-3 were of different 

reduction degrees under the mild reduction condition, 

it not only verifies the reduction degree can be 

controlled to a differential level, but also shows the 

subtle change of the oxygen functional group during 

the process. With the help of the software, we adjust 

peaks centered at 284.5, 285.6, 286.7, 287.8, and 

288.8 eV, which are associated with sp
2
C, sp

3
C, C-O, 

-C=O, and –COO- groups, respectively [17, 18]. 

Compared with XPS results of GO in our previous 
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work, RGO-1 has significantly increased percentage 

of sp
2
C and sp

3
C while the percentage of C-O and -

C=O decrease extensively. The results indicate that 

from GO to RGO-1, the oxygen functional group 

became less and reduction degree varied from 2.06 

to 3.58. RGO-2 and RGO-3 have much less oxygen 

functional groups than that of RGO-1 since the peak 

around 288 eV becomes considerably weak, 

revealing that the reduction degree increased 

according to longer reaction times. We can also find 

out that from RGO-2 to RGO-3, the intensity of 

peak centered at 287.8 eV which represents the -

C=O group is weakened, showing that during 

reaction time from 8 h to 12 h, the carbonyl group 

was mainly reduced. Besides, from three samples we 

observe a high percentage of sp
3
C and it represents 

that there existed some defects on the RGO-1, RGO-

2 and RGO-3 nanosheets because of reduction. 

TGA is employed to determine the thermal stability 

of the product RGO-1, RGO-2 and RGO-3. GO is 

thermally unstable and starts to lose mass upon 

heating even at a very low temperature, but the 

major mass loss occurs around  200℃, presumably 

due to pyrolysis of the labile oxygen functional 

groups, yielding CO, CO2 and steam [14, 15]. Hence, 

the thermal decomposition of GO can result in a 

rapid thermal expansion of the material and a large 

mass loss during a more rapid heating regime [16]. 

Meanwhile, the removal of the thermally labile 

oxygen functional groups by reduction will increase 

the thermal stability of the RGO (Fig. 6). Below 

100℃ , the loss of mass can be attributed to the 

removal of the adsorbed water molecule, a slight 

mass loss was detected when the material was 

heated around to 200 ℃, which indicates that like 

original GO nanosheets, there were still some 

oxygen functional groups linked onto the nanosheets 

of RGO samples. While it might be expected that the 

nanosheets will be more and more thermally stable 

when they are reduced to a higher level because less 

thermally labile oxygen functional groups exist after 

reduction, the thermal stability actually turns out to 

be not only correlate with the reduction degree. 

Interestingly RGO-1 is the most stable product 

among the three since it lost least weight during 

heating. The thermal stability of RGO-3 is slightly 

higher than that of RGO-2 (see Fig. 6) as the product 

lost less weight when heating even to 700℃. We can 

deduce that another factor which affects the thermal 

stability is the resulted defect density on the 

nanosheets. With a longer reaction time, more 

defects will be employed onto the nanosheets thus 

decrease the thermal stability. Being another factor, 

it will compete with the reduction degree and they 

together control the thermal stability of the product. 

As a matter of fact, although RGO-1 has the lowest 

reduction degree, its low defect density contributes 

to its highest stability among the three products. 

Raman spectra results show the subtle change of 

graphitic domain structure through the reduction 

process such as the added defects and area of the 

graphitic parts. Raman spectrum of the pristine 

graphite displays a prominent G peak as the only 

feature corresponding to the first-order scattering of 

the E2g mode [19]. In the Raman spectrum of GO, 

the G band is broadened and shifted. In addition, the 

D band becomes prominent with the reduction in 

size of the in-plane sp
2
 domains, possibly due to the 

extensive oxidation [19]. The Raman spectrum of 

the RGO also displays both G and D bands (see Fig. 

7) at around 1580 cm
-1

 and 1350 cm
-1

 respectively. 

And D/G intensity ratio will increase after reduction 

compared to that in GO. This ratio suggests an 

increase of defect density of the nanosheets at 

different levels of reduction, and can be explained if 

new graphitic domains are created that are smaller in 

size to the ones present in GO before reduction, but 

more numerous in number [16]. Deduced by our 

previous experiments of RGO, the defects should 

have increased with a higher reduction degree to 

cause the thermal stability to decrease, thus we 

choose to characterize the intensity ratio of D and G 

band to reveal the slight change of micro structure of 

the nanosheets. Table 1 is the Raman spectra results 

of I(D)/I(G). From the reduction time of 4 h to 8 h 

and then 12 h, the intensity ratio gradually grows 

from 1.22 to 1.27 and finally to 1.28, indicating the 

increasing amount of defects and turning of smaller 

graphitic domains rebuilt by reduction. Admittedly 

the thermal stability of graphitic area is higher than 

that of the oxidized parts, however with more 

defects of boundaries and holes as vulnerable area, 

the thermal stability decrease considerably. As a 

consequence, although reduction helps to rebuild the 

graphitic domain, it also brings more defects onto 

the nanosheets which lead to the decline of the 

thermal resistance capability. 

GO and as-prepared various RGO samples with 

different reduction degrees are carefully filled into 
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Epoxy resin (E-51) to fabricate nanocomposites 

separately. Before curing, a well dispersed mixture 

of fillers and resin must be attained with the help of 

sonication and diluter in order to make sure the 

samples are only vary in the content of oxygen in 

fillers. Since the fillers are of different reduction 

stages, SEM images of section surfaces are carried 

out to illustrate what effects the fillers have on the 

morphology of nanocomposites after mixing and 

curing. Fig. 8 shows the SEM images of section 

surfaces of GO/Epoxy, RGO-1/Epoxy, RGO-

2/Epoxy and RGO-3/Epoxy nanocomposite samples. 

Although by employing diluter used for better 

mixing, the resin cannot be cured with a very high 

density, however with section surface morphology in 

these images, the variance of roughness can be 

observed which is mainly ascribed to the changing 

dispersion quality and compatibility of filler with 

resin: the more difficult filler disperse and is 

compatible with resin, the higher roughness and 

more flake-like structure could be observed. Hence 

it can explain the gradually varied section surface 

morphology of the four samples. From the result, it 

can be concluded that GO has the best compatibility 

with E51 resin while with the reduction degree 

increases, the compatibility decreases which cause 

more flake-like structure in RGO-2/Epoxy and 

RGO-3/Epoxy nanocomposite samples. 

The electromagnetic parameters of the 

nanocomposites are measured to calculate the 

electromagnetic properties. Herein, the RGO 

nanocomposite samples were characterized by a 

vector network analyzer which represents the typical 

dielectric and magnetic properties of the samples in 

this work. The electromagnetic results are illustrated 

in Fig. 9 and Fig. 10. The results in Fig. 9a show an 

increased complex relative permittivity parameter of 

RGO nanocomposites compared to the pure epoxy 

sample and GO/Epoxy nanocomposite sample. As 

widely accepted, with better conductivity, the 

material will have a higher relative permittivity due 

to a better network formed by fillers [13]. However 

the formation of a conductive network of fillers is 

determined not only by the conductivity of the filler, 

it is also determined by the ability of the fillers to 

form a uniform mixture with resin. As the reduction 

degree increases, the real part of relative permittivity 

of RGO-1/Epoxy nanocomposite grows, so does 

RGO-2/Epoxy nanocomposite sample. Interestingly, 

RGO-3/Epoxy nanocomposite has a lower parameter 

value compared with RGO-2/Epoxy nanocomposite 

which performed the highest real part of complex 

relative permittivity among all the samples. It 

probably can be explained by the competition 

between two main factors: a) the graphitic domain 

reconstruction degree which leads to a higher 

conductivity, and b) the dispersion quality of fillers, 

since they are both strongly related to the formation 

of a conductive network in matrix thus they both 

affect the parameters. Meanwhile, all the samples 

have relatively low imaginary parts of relative 

permittivity without significant regular patterns (see 

Fig. 9b), indicating that adding fillers as GO and 

various RGO with different reduction degrees do not 

significantly change the imaginary part value which 

represents for electrical loss of the sample. 

Some kinds of magnetic materials or magnetically 

functionalized materials who serve as fillers could 

enhance the magnetic properties of composites [20], 

but in this work the increase was not obvious as GO 

and RGO samples are of low magnetic property 

themselves. Fig. 10 show the complex permeability 

of GO and various RGO nanocomposites with 

different reduction degrees. As shown in the figure, 

both the real part of permeability and the imaginary 

part of permeability in all nanocomposite samples 

are of very low values and are almost the same as 

the pure resin, indicating no trend of increasing or 

decreasing magnetic properties. 

4 Conclusions 

Reduced graphene oxide (graphene) can be 

successfully prepared with controlled reduction 

degree by changing reaction time under a mild 

aqueous condition. RGO/Epoxy nanocomposite 

samples were carefully fabricated from a well 

dispersed mixture of fillers with E51 resin to 

characterize section surface morphology and their 

electromagnetic properties. The retained single layer 

structure after reduction and the increase of the real 

part of complex relative permittivity indicates a 

potential application of graphene with adjustably 

reduction degrees: it can serve as both functional 

fillers and supporting materials in matrix. The 

discussion about co-functioned factors a) graphitic 

domain reconstruction degree and b) dispersion 

quality and compatibility of fillers with resin, can 

help to design and employ a proper reduction level 

of RGO for electromagnetic composite fields. 
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Table 1.  Raman spectra results of intensity ratio 

 4h 8h 12h 

I(D)/I(G)  1.22 1.27 1.28 

 

 

 
Fig. 1. The schematic of specimen for electromagnetic 

testing (a: specimen for testing in the frequency range of 

8.2 – 12.4 GHz, and b: specimen for testing in the 

frequency range of 12.4–17.8GHz). 

 

 

 
Fig. 2. AFM images and the measurements of the 

thickness of the nanosheets: GO (a), RGO-1 (b), RGO-2 

(c) and RGO-3 (d).  

 

 

 

 

 

 
Fig. 3. XRD patterns of RGO-1, RGO-2 and RGO-3. 

 

 

 

 

 

 

 

 
Fig. 4. FT-IR spectra of RGO-1, RGO-2 and RGO-3. 
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Fig. 5. C1s Curve-fitting results of XPS spectra: RGO-1 

(a), RGO-2 (b) and RGO-3 (c).  

 

 
Fig. 6. TG analysis results of RGO-1, RGO-2 and RGO-3. 

 

 
Fig. 7. Raman spectra of RGO-1, RGO-2 and RGO-3. 

 

 
Fig. 8. SEM images: GO/Epoxy nanocomposites (a); 

RGO-1/Epoxy nanocomposites (b); RGO-2/Epoxy 

nanocomposites (c); RGO-3/Epoxy nanocomposites (d).  
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Fig. 9. The complex relative permittivity, real part (a) and 

imaginary part (b), of RGO/Epoxy nanocomposites, 

GO/Epoxy nanocomposite and pure epoxy resin sample. 

The frequency range is 8.20-18.00 GHz. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 10. The complex relative permeability, real part (a) 

and imaginary part (b), of RGO/Epoxy nanocomposites, 

GO/Epoxy nanocomposite and pure epoxy resin sample. 

The frequency range is 8.20-18.00 GHz. 
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Abstract 
Stiffened structures provide an efficient structure for 

engineering applications. During damage events 

debonding between the stiffener and the plate is 

commonly observed. In this paper the tolerance of 

top-hat stiffened composite structures is assessed 

considering debond damage between the stiffener 

and plate. The effect of prior debond damage on the 

failure modes and ultimate strength of the panel is 

investigated. A non-linear finite element model is 

verified with a global-local approach to assess both 

material degradation and crack initiation and 

propagation. A parametric study investigates the 

effect of both damage properties and the panel’s 

geometric properties on the failure modes, ultimate 

strength and its damage tolerance.  

 

1 Introduction 

Composites offer many advantages in engineering 

applications; ability to tailor properties to a specific 

design, favorable strength to weight ratio, resistance 

to corrosion and low thermal expansion. Stiffened 

top-hat shells are commonly used as the primary 

structure in the marine, aerospace and civil 

applications to reduce the unsupported span of the 

laminate and prevent lateral-torsional instability and 

panel buckling. Stiffened structures provide an 

efficient structure where the stiffeners are aligned 

with the in-plane loads. A number of stiffener cross-

sections are utilized in this application including a 

number of open section and closed section stiffeners.  

In all structural applications defects and damage 

events can occur. In damage events occurring in 

composite structures catastrophic failure is often 

avoided but can lead to cracks, delaminations and 

debonds. It is imperative that once damage has 

occurred that it can be rapidly assessed and suitable 

precautions taken to ensure safety of the structure 

and its users, but this must be done cost efficiently. 

To reduce expensive maintenance costs it is also 

imperative to know if damage must be fixed 

immediately, in the near future or that if it poses no 

current threat. At the design stage assessment of the 

effect of defects and damage leads to an optimized 

damage tolerant design which both avoids 

catastrophic failure following common damage 

events and provides an efficient use of materials and 

therefore optimized weight and fuel efficiency / load 

carrying capacity. 

2.1 Literature Review 
Many authors have investigated the damage 

progression of intact structures, with good 

correlation to experimental results. However, there 

is still limited research conducted on the residual 

capabilities of structures containing prior 

delaminations and associated damage.  

Falzon [1] showed that mid bay delaminations and 

holes had minimal effect on the ultimate collapse 

load of a stiffened structure; however it has been 

shown by Meeks et al. [2] that delaminations present 

under the stiffener have a significant effect on the 

ultimate strength of the panel. Parametric studies 

have shown that delamination and debond size and 

location has a significant effect on the damage mode 

of the panel [3,4,5,6] however, these studies do not 

consider the interaction of failure modes as they 

omit material failure or damage propagation and 

therefore do not assess the ultimate failure of the 

structure. By assessing the ultimate strength of a 

structure the true margin of structural safety may be 

determined. 

Literature on damaged stiffened structures is also 

primarily focused on T-stiffeners. Top-hat stiffeners 

have been shown to have increased torsional rigidity 

and an increased structural efficiency in comparison 
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to open section stiffeners However, the damage 

response of such panels is not well understood. 

This paper uses a non-linear finite element model, in 

Abaqus, incorporating both material degradation and 

crack propagation to assess the effect of damage 

within the stiffened panel and the complex 

interaction of damage mechanisms leading to 

ultimate collapse. The effect of damage and design 

parameters is investigated on the damage tolerance 

of the structure. 

 

3. METHODOLOGY 

 

3.1  STRUCTURAL CONFIGURATION 
A generic glass-vinylester top-hat stiffened plate is 

considered under in-plane compressive loading 

aligned with the stiffener direction. Under 

compressive loading the interaction of delamination 

growth, inter-frame and frame buckling leads to a 

complex interaction of damage mechanisms. 

Therefore, a multi-stiffened panel is considered with 

a damaged zone in the region of the central stiffener 

between the stiffener flange and plate. The following 

modeling methodology is outlined in order to 

accurately assess the progressive collapse of multi-

stiffened panels for structures which are initially 

intact or contain idealized delaminations. 

 

3.2 NUMERICAL MODELLING 

A global-local methodology is used to optimize the 

efficiency of the model and is illustrated in figure 1. 

The global model is generated from 4 node shell 

elements (S4) which use using an equivalent single 

layer approach minimizing the computational effort 

required whilst providing an accurate assessment of 

the buckled and post-buckled response of the 

stiffened plate. The stiffeners and plate are modeled 

in separate parts and connected by multi-point 

constraints which restrict the degrees of freedom of 

the plate nodes to that of the connected flange nodes. 

To initiate the post-buckled response an 

imperfection is applied to the mesh using the first 

 

Figure 1: Global-Local Methodology 
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3  

DAMAGE TOLERANCE OF STIFFENED COMPOSITE STRUCTURES 

eigenvalue buckling mode of the intact structure. 

This imperfection is scaled so the maximum out-of-

plane imperfection is scaled to 10% of the lamina 

thickness. A non-linear analysis is then conducted 

using the Newton-Raphson method, an automatic 

incrementation scheme and a user-defined material 

which implements a strength based progressive 

damage methodology.  The local analysis is driven 

by sub-model boundary conditions using this initial 

non-linear global analysis. A local model, 

representing the areas at risk of debonds initiating, is 

generated using a linear layer-wise, element per ply 

formulation using solid elements (C3D8). Therefore 

the through thickness stresses are modeled with 

increased accuracy to allow the use of a strength 

based delamination initiation criterion. A 

comprehensive review of such criteria compared to 

mixed mode experimental data is lacking in the 

literature and are not fully compared or validated. 

Therefore in this paper the most commonly used 

criterion is adopted to assess the location and load at 

which the debond initiates; Hashin [7] quadratic 

nominal stress criterion, which is a strength based 

criterion shown in equation 1, 

 

(
���

����
)� + (

�
�

�
�
)� + (

���

���
)� ≥ 1.       [1] 

 

The calculated location and load at which a debond 

occurs is passed from the local model to the global 

model where the debond initiation is implemented at 

the appropriate load. The connections at the 

interface nodes at the debond location are removed 

to allow separation of the parts. A small sliding 

contact constraint is placed between the debonded 

plies to prevent penetration of the plies.  The crack 

propagation is assessed using a kinematically 

compatible nodal release sequence based on the 

modified virtual crack closure technique. Under 

mixed mode loading the Benzeggagh-Kenane 

criterion [8] is used to assess the mixed mode failure 

criterion. The Benzeggagh-Kenane criterion for 

crack propagation is shown for the 3D case in 

equation 2 where �  is a semi-empirical exponent 

applied to delamination initiation and growth and 

�� = �� + ��� + ����. 

For both the global and local models the strength 

based progressive damage is implemented through a 

user defined material using a limited discount 

approach. This incorporates a number of failure 

criteria as recommended by the World Wide Failure 

Exercise [9]. The Puck [10], Tsai-Wu [11] and 

Zinoviev [12] criteria are compared for each case to 

determine which is the most appropriate along with 

a combined criterion. For the combined criterion the 

limited discount approach is used if failure is 

deemed if any of the failure criteria is met for a 

specific failure mode.  In this paper Zinoviev’s 

progressive damage methodology is applied to all 

criteria using an instantaneous degradation 

approach; following the onset of failure for a 

specific failure mode the affected material properties 

of the element are degraded instantaneously to 1% 

of the nominal value. To avoid numerical 

convergence issues a viscous regularization scheme 

is applied which causes the tangent stiffness matrix 

of the softening material to be positive for 

sufficiently small time increments. 

 

3.2 MODEL VALIDATION 
To validate the model and methodology, solutions 

are compared to selected experimental and analytical 

results available in the literature. A number of tests 

on rectangular plates loaded in uniaxial compression 

conducted by Starnes [13] are used to verify the 

buckled and post-buckled response. The VCCT 

nodal release method is verified against 

experimental results of mode I and mode II tests 

[14,15]. The inclusion of delaminations in composite 

structures is verified against through width 

delamination tests conducted by Kutlu and Chang 

[16] and embedded delamination tests reported by 

Riccio and Pietropaoli [17]. Finally, the elements are 

combined to test the damage progression in top-hat 

stiffened composite structures are verified against 

full scale tests conducted by Smith and Dow [18]. 

 

3.2 (a) Buckling of Rectangular Plates 
A number of tests on GRP unidirectional rectangular 

plates, loaded in uniaxial compression, conducted by 

Starnes [13] are used to verify the buckled and post-

buckled response. A typical load displacement plot 
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is shown in figure 2. In a convergence study the 

model is seen to have converged for ultimate load 

with approximately 400 quadratic elements (S8) and 

using a viscous parameter of 1E-5. The model shows 

excellent correlation to the post-buckled response of 

composite laminate plates; closely matching the 

initial stiffness and global buckling load for a 

number of experimental tests. For the case shown 

buckling of the panel is predicted at 42.9kN, within 

8% of the experimental buckling load, and final 

failure predicted at 92kN, within 2% of the 

experimental failure load. The progressive damage 

approach shows excellent agreement for two of the 

three panels, and yields a conservative result by less 

than 9% for all panels tested. Comparison of the 

WWFE recommended failure criteria shows that a 

combined or Puck criterion yields the most accurate 

ultimate failure load across all panels and any 

deviation is conservative. 

 

3.2 (c) Mode I and II Crack Propagation 
The crack initiation and propagation methods are 

verified against experimental results of mode I, 

double cantilever beam, and mode II, end notch 

failure coupon, tests conducted by Reeder and 

Crews [14,15]. The Load Displacement curves are 

compared to the experimental data for the DCB and 

ENF tests shown in figure 3. The model shows that 

reasonable correlation with the experimental results 

for the crack propagation in modes I and II can be 

obtained from the VCCT method using shell 

elements in a 3D model. The idealization of the 

fracture surface leads to an underestimation of the 

maximum load in the mode I case by 8.8% which 

suggests that fiber bridging may be present behind 

the crack tip experimentally. Whereas, in the mode 

II case the maximum load is overestimated due to a 

gradual build of matrix cracks and damage at the 

crack tip prior to crack advancement, which is not 

captured by this modeling technique.  

 

3.2 (d) Through Width Delaminations 

The model's ability to follow combined crack 

propagation and buckling is verified against the 

experimental work of Kutlu and Chang [16]. The 

authors investigated the response of composite 

coupons in compression containing through width 

delaminations positioned centrally across the 

coupon. The delamination in the case presented here 

is positioned 4 plies from the front face of a 20 ply 

coupon. In a convergence study the model is seen to 

have converged for ultimate load and buckling loads 

with 1570 quadratic elements (S4). A global 

imperfection is seeded representing the first 

buckling mode with a maximum out-of-plane 

deformation of 0.1% of the lamina thickness which 

is the minimum to initiate a global post-buckled 

response. An additional imperfection is seeded in the 

Figure 2: Buckling of Rectangular Plates - Load 

Deflection Response  

Figure 3: DBC and ENF Load-Deflection 

Response 
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outer lamina of 0.01mm representing the offset 

generated by the Teflon insert. This combination has 

been shown parametrically to most closely match the 

experimental results. For this model the combined 

failure criterion is used to ensure conservative 

results. 

Figure 4 shows the load-strain response for the 

upper delaminated ply and the lower laminate, 

where the strain data is read from the central outer 

laminates of the coupon. The initial stiffness, 

buckling load of the delaminated ply and transition 

to the post-buckled state are well captured by the 

model; shown by the linear load strain response up 

to a load of 6kN and the transition from negative to 

positive strain on the outer edge of the front ply. 

However, the global buckled response and ultimate 

collapse is significantly over estimated by the 

model. The maximum load, which is coincident with 

the global buckling load, is predicted at 13.4kN 

representing an overestimation by 32%.  

 

 
Figure 5 compares the deflection at the center of the 

front and back plies against applied load for the 

current three dimensional shell element method and 

is compared to the 2D numerical models of Liu et al. 

[19] and finite strip method implemented by Wang 

and Zhang [20]. The current three dimensional shell 

element model shows good overall correlation with 

the alternative methodologies; all three numerical 

models overestimate the global buckling load 

suggesting this overestimation may be attributed to 

unrealistic boundary condition assumptions or 

imperfections or flaws within the material. The 

boundary is assumed to be ideally clamped whereas 

the experimental fittings are unlikely to restrict all 

rotations and would lead to increased deflection of 

the back laminate experimentally compared to the 

finite element model.  

 
3.2 (e) Embedded Delaminations 
 

The models accuracy in representing the progressive 

collapse of an embedded delamination is verified 

against the experimental work of Riccio and 

Pietropaoli [17].  Riccio et al. investigated laminates 

under compressive loading containing a central 

circular delamination. The case discussed here is 

that of a delamination positioned 3 plies from the 

front face of a 35 ply laminate. The out-of-plane 

deflection of the central point of the delaminated 

zone for the front and back plies with increasing 

load is illustrated in figure 6. The model reasonably 

replicates the experimental observations; the 

buckling load of the delaminated ply and the post-

buckled response is adequately replicated by the 

model although there is an over estimation of the 

peak out-of-plane displacement. For this model the 

minimum imperfection required to generate the post-

buckled response generates a more gradual transition 

to the local buckled state and instigates an increase 

in the out-of-plane displacement during global 

buckling.  

 

The delamination propagation load is predicted well 

by the model and as the delamination propagates the 

stiffness reduction triggers global buckling. During 

Figure 4: Through Width Delaminations 

Load-Strain Response  

Figure 5: Through Width Delaminations 

Load-Deflection Response Comparison  

ICCM19 4300



global buckling the model predicts tensile matrix 

and shear failure in the lower ply of the delaminated 

layer however with a lack of information from the 

experimental test on the damage propagation this 

cannot be verified. The delamination growth is 

modeled well; delamination growth initiates at the 

center of the panel, on the symmetry line and 

propagates perpendicular to the loading direction, as 

reported experimentally.  

 

 

3.2 (f) Damage Evolution in Top-Hat Stiffened 

Panel 

 

Finally, the damage progression in top-hat stiffened 

composite structures is used to verify the global-

local methodology monitoring delamination 

initiation and propagation in a post-buckled structure 

against full scale tests conducted by Smith and Dow 

[18] on a large grillage structure. A single stiffener 

parallel to the loading direction and located at the 

center of the grillage is modeled using symmetric 

boundary conditions on the unloaded edges and 

clamped condition on the loaded and reaction edges.  

For this model the imperfection is seeded with the 

maximum out-of-plane imperfection represents 10% 

of the lamina thickness, as measured experimentally 

by Smith [18]. A convergence study is conducted on 

the global and local models showing that both 

models have converged for an element size of 

10mm. The maximum out-of-plane displacement 

with increasing load is shown in figure 7 comparing 

the experimental data and the global-local 

methodology. Quantitatively the initial stiffness, 

buckling load and plate deformation are reasonably 

captured by the model given the boundary condition 

assumptions. The delamination initiation is predicted 

at a 981kN which is comparable to that reported 

experimentally of 920kN. However, the model 

predicts a rapid progression of damage with 

instantaneous crack growth down the length of the 

flange-plate interface which reduces the load 

carrying capability of the panel significantly 

whereas Smith et al. observed a residual capability 

following delamination propagation leading to 

ultimate failure at 1090kN. This underestimation of 

the ultimate failure load by 10% could be attributed 

to the boundary condition assumption or due to an 

assumption made in the material properties which in 

this case are taken from the literature. 

 

In this model the effect of the relative size of the 

local model is investigated on the stress distributions 

and shows that the length of the local model has 

little effect on the through thickness tensile and 

shear stresses however the sub-model width must 

extend beyond the flange edge to ensure accuracy in 

the stress distribution. The use of the sub-models 

provide a significant reduction in run time (10%-

50%) compared to the computational time for the 

full solid model. By reducing the sub-model width 

around the flange-plate interface considerable time 

saving can be achieved. However, a reduction in 

length of the sub-model provides the greatest 

reduction in computational expense; however, the 

failure location must be known to successfully use 

Figure 7: Top-Hat Stiffened Panel: Load Vs 

Out-of-Plane Displacement  
Figure 6:  Embedded Delamination: Load Vs 

Out-of-Plane Displacement 
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this method. The sub-model method has been shown 

to be a robust method capable of reducing the 

computational expense when compared to a full 

solid model of approximately 50%. 

 

 

4 Parametric Studies 
The progressive collapse mechanisms are 

investigated examining the effect of delamination 

size, location and the design geometry of the 

stiffened panel.  

 

4.1 Model Configuration 
Under compressive loading the interaction of 

delamination growth, inter-frame and frame 

buckling leads to a complex interaction of damage 

mechanisms. A triple stiffened panel is considered 

with dimensions and boundary conditions as shown 

in figure 8. The panel is loaded in longitudinal 

compression with the loaded and reaction ends of 

the panel fully clamped. The panel is considered to 

be part of a larger grillage and therefore symmetric 

boundary conditions are applied to the unloaded 

transverse edges. A layup is considered using Glass 

Vinylester balanced woven roving (WRE580) with 

the fiber direction aligned with the stiffener direction 

and a fiber volume fraction of 0.33. The table of the 

stiffeners is reinforced with a central additional 

central unidirectional Glass Vinylester ply (UE500). 

The material properties are shown in Table 1 and are 

taken from manufactures data or approximate values 

taken from the literature. Material properties are 

expressed in the directions 1, 2, 3 which refer to the 

longitudinal, transverse and through thickness 

material directions respectively. The critical strain 

energy release rates are mixed mode test data from 

the literature [21].The shear interface strengths are 

approximated for the lower range of material 

parameters reported by Junktikka [22]. The normal 

interface strength is taken as the transverse strength 

of the unidirectional laminate as the tensile failure of 

the fiber-resin interface represents the mode of 

failure in this test. To initiate the post-buckled state 

an imperfection is seeded onto the structure where 

the maximum out-of-plane deflection is equivalent 

to 10% of ply thickness. This scale of imperfection 

 
 

Figure 8: Model Configuration 
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is observed in large scale manufacture as measured 

by Smith [18]. 

 

The analysis is stopped when the panel reaches its 

ultimate load and under goes gross yielding or 

overall collapse. Buckling of the intact plate is 

determined when a 5% change in stiffness is 

observed from the initial linear state which 

corresponds to an out-of-plane deformation of 

3.75mm which in this case is equivalent to 50% of 

the plate thickness. Local plate buckling is defined 

as when the deflection under the debonded stiffener 

area corresponds to an out-of-plane deformation 

representing 50% of the plate thickness. Flange 

buckling is determined when a marked deviation is 

observed in the out-of-plane deformation of the 

flange.  

 

Convergence of the model is assessed using a 

number of damaged cases. For larger debonds, 

greater than 13% of the panel length, the analysis 

has converged for a mesh size of 10mm 

corresponding to 560 elements in the debond area, as 

shown in figure 9a. For smaller debonds, less than 

13% of the panel length, a more refined mesh is 

required to capture buckling of the debonded flange, 

the radial nature of crack growth and clarity of the 

crack front. An element size of 5mm is chosen, 

equivalent to 2250 elements in the debond area as a 

compromise between efficiency and accuracy; the 

solution has converged to within 5% change in 

ultimate load and crack propagation load as shown 

in figure 9b.  

 

4.2 Debond Size 

The effect of debond size is assessed for a centrally 

located debond between the central stiffener and the 

plate. The debond size is described as a percentage 

of the plate length. The methodology as described in 

section 3 where the local model is used to assess 

delamination initiation in the outer stiffeners only.  

 

The local model has shown that for the intact case 

and smallest delamination case, 6.7%, a debond 

initiates in the outer stiffeners within 5% of the 

ultimate load without effecting the ultimate load of 

the panel. For larger initial debonds the outer 

stiffeners bond interfaces remain intact. 

 

Figure 10 shows the trends in the ultimate failure 

load and the initiation load of different failure 

modes: damage initiation load, crack propagation 

load and the local plate and flange buckling loads 

and the global buckling load. The loads are 

represented as a percentage of the ultimate failure 

load of the intact structure.  

 

Examining the intact case it is shown that a 

considerable post-buckled strength exists as the 

buckled load and damage initiation load occur at 

54% and 83% of the ultimate load respectively.  

 

Table 1: Material Properties 

 WR UD 

Young’s Modulus (MPa), E11 14910 26790 

Young’s Modulus (MPa), E22 14910 5850 

Young’s Modulus (MPa), E33 5850 5850 

Shear Modulus (MPa), G12 2110 2200 

Shear Modulus (MPa), G13 2110 2200 

Shear Modulus (MPa), G23 2110 2200 

Poisson’s Ratio, υ12 0.119 0.272 

Poisson’s Ratio, υ13 0.119 0.058 

Poisson’s Ratio, υ23 0.119 0.058 

Tensile Strength (MPa), S11T 223.7 482.0 

Compressive Strength (MPa), S11C 171.5 308 

Tensile Strength (MPa), S22T 223.7 17.6 

Compressive Strength (MPa), S22C 171.5 87.8 

Shear Strength (MPa), S12 23.2 24.2 

Interface Strength (MPa), XN  17.6 - 

Interface Strength (MPa), XT (ILSS) 23.2 - 

Mode I Critical SERR (kJ/m2), GIC 
1.21 - 

Mode II Critical SERR (kJ/m2), GIIC 
1.21 - 

Benzeggagh-Kenane exponent, ηBK 1.20 - 

 

 Figure 9a: Mesh Convergence – 20% 

Debond Size 

 
Figure 9b: Mesh Convergence – 13% 

Debond Size 
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The ultimate failure load drops to 70% of the intact 

ultimate failure load for debonds greater than 20% 

of the panel length and is largely unaffected by the 

size beyond a debond size representing 20%. The 

proportion of the post-buckled strength relative to 

the ultimate strength reduces to 25% at a debond 

length of 13% but as the initial debond size increases 

the buckling load decreases whilst the ultimate 

strength remains constant. 

 

The results are discussed with regard to three 

regions to highlight the change in failure mode. In 

region 1, where the debond represent less than 20% 

of the panel length, global buckling of the plate 

occurs prior to local buckling of the stiffener or 

plate. Crack propagation is driven by plate buckling 

and is predominantly mode I. Ultimate failure of the 

plate is driven by the buckling of the flange in the 

first mode which leads to shear failure in the flange 

and then in the web of the stiffener. In the second 

region, where debonds represent 20-40% of the 

panel length, damage propagation is driven by local 

buckling of the plate under the debond. Mode I 

crack propagation occurs due to this local plate 

buckling which is followed by buckling of the flange 

into a single half sign wave. In the third region, 

where debonds are greater than 40% of the panel 

length, the plate initially buckles locally under the 

debonded stiffener however crack propagation 

initiates due to flange buckling where the flange 

buckles into a three half sign wave. For these cases 

crack growth is inhibited by global buckling of the 

plate as the crack front lies close to the global 

buckling anti-node line. The positive peak of the 

buckled zone at the end of the plates inhibits mode I 

crack growth and crack propagation is initiated 

under mixed mode I and II for a debond length of 

53%. Further crack propagation is also inhibited by 

failure of the central stiffener. As the debond length 

increases to 66% buckling of the central stiffener 

occurs prior to crack propagation where localized 

material degradation occurs in the stiffener flange 

and centrally within the web which reduces the load 

at the crack tip and inhibiting crack propagation. 

 

4.3 Debond Position 
The effect of the debond position along the panel 

length is investigated for a number of debond sizes. 

The debond location is described as the distance 

from the panel end to the center of the debonded 

area as a ratio of the panel length. Debond sizes of 

50mm (6.7%), 150mm (20%) and 300mm (40%) 

between the stiffener and the plate are presented 

here in figure 11 a, b and c respectively. For these 

cases the local model checks delamination initiation 

in the outer stiffeners.  For a debond size of 50mm, 

 
Figure 10: Normalized Load Vs Debond Size For a Centrally Located Debond 
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it is shown that the debond location has little effect 

on the global buckling load of the panel. The 

damage initiation load drops from 83% to 70% as 

the debond moves closer to the center of the panel. 

The ultimate failure load is reduced by less than 

10% from the intact load for a debond location at the 

outer thirds of the panel and only reduced to 78% for 

central delaminations located within the central half 

sine wave of the globally buckled plate. Only for the 

centrally located delamination are localized buckling 

and crack propagation observed. For a debond size 

of 150mm, representing 20% of the panel length, the 

effect of the debond location has a greater effect on 

both the ultimate load and the failure mechanism. 

For a central debond the crack propagates and 

damage initiates as the panel buckles both globally 

and locally at approximately 50% of the intact 

ultimate load. The panel maintains a significant 

post-buckled strength which represents a further 

50% increase in load from buckling to ultimate 

failure as damage and crack propagation occurs as 

the panel buckles however these propagate 

gradually. An offset delamination in the outer thirds 

of the panel can maintain a significant increase in 

load from buckling to ultimate failure with 

irreversible damage occurring at a further increase in 

load of 40%.  A transition point is seen at a debond 

location 35% along the panels length where shear 

damage initiation and propagation from the anti-

node line becomes the dominant failure mode as in 

the intact case. For an offset delamination in the 

outer thirds of the panel the buckled load remains 

unaffected, the delamination initiation load reduces 

by 9.5% and the ultimate load is reduced by less 

than 7.5% relative to the intact case. 

 

In all cases the buckled plate forms a negative half 

sine wave at the center of the panel forcing the plate 

away from the stiffener and initiating crack 

propagation. A transition in failure mode occurs as 

the central crack front approaches the anti-node line. 

Crack propagation is mode I driven as the buckled 

shape of the plate forces the stiffener and plate apart. 

As the central crack front moves away from the 

central node-line the deformations at the crack tip 

reduce, as does the energy available to open the 

crack.  

 

For the 300mm debond size, representing 40% of the 

panel length, the debond is too large to remain 

 
Figure 11a- 6.7%: Normalized Load Vs 

Debond Location 

 
Figure 11b- 20%: Normalized Load Vs 

Debond Location 

Figure 11c – 40%: Normalized Load Vs 

Debond Location 
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between two node lines and location trends are 

similar to that of the 150mm case. A transition point 

in failure mode is again observed between 0.3 and 

0.35. At 0.3 the debond sits midway between two 

node lines which represent a positive and negative 

peak. As the panel buckles globally the local 

buckling of the plate is inhibited by the sine wave 

produced by global buckling. Therefore the plate 

deformation at the more central crack tip is reduced 

compared to those where local plate buckling is 

dominant and crack growth is inhibited. At 0.35 the 

outer crack front passes beyond the outer node line 

further enhancing this effect. 

 

4.3 Stiffener Spacing 
The effect of stiffener spacing is investigated with 

regard to the effect of debond size. The stiffener 

spacing is presented as the distance center to center 

between stiffeners as a percentage of the panel 

length. The stiffener spacing is investigated from 

33% to 60% for a central debond. Figure 12 

illustrates the decrease in the global buckling load 

for increasing stiffener spacing whilst the ultimate 

strength remains largely constant. Therefore the 

post-buckled strength increases as the stiffener 

spacing increases. For a stiffener spacing 

representing 33% the panel exhibits minimal post-

buckled strength however the post-buckled strength 

increases linearly with increasing stiffener spacing 

an at a stiffener spacing of 60% the buckling load is 

38% of the ultimate load.  

 

Considering the effect of debond size for a central 

stiffener similar trends are seen to the reference case 

considered in the previous section, in which the 

stiffener spacing represents 50% of the panel length. 

For all spacing’s there exists an almost linear drop in 

the ultimate strength up to a debond size of 20%. For 

larger debonds the ultimate strength remains 

constant however, this plateau in ultimate strength 

occurs at increasing load, relative to the specific 

intact case, for increasing stiffener spacing, as 

shown in Figure 13. This is due to a significant 

change in failure mode from the intact to the large 

debond case for the smallest stiffener spacing. For 

the smallest stiffener spacing the intact case exhibits 

very limited post buckled strength. The introduction 

of the debond changes the failure mode most 

significantly introducing large displacements as the 

plate buckles locally below the debond area causing 

localized damage and therefore reducing the 

ultimate strength most significantly. For larger 

stiffener spacings both the intact and debond case 

exhibit significant deformation during buckling 

causing localized damage and therefore resulting in 

a less significant reduction in ultimate strength and a 

greater damage tolerance.  

 

4.4 Stiffener Height 
The effect of stiffener height is investigated for a 

squat, square and tall stiffener, representing a 

stiffener height of 50mm 75mm and 100mm 

respectively width all other dimensions fixed as in 

Figure 10. The stiffener height can assist in 

Figure 12- Normalized Load Vs Stiffener 

Spacing for Intact Case 

 

Figure 13- Normalized Load Vs Stiffener 

Spacing for 50% Central Debond 
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preventing buckling of the plate but adds more 

resistance in sustaining a higher ultimate load. For 

the intact case the ultimate load increases for 

increasing stiffener height by 20% from squat to 

square and 9.5% from square to tall whilst the 

buckling load increases by 5.3% and 3.5% 

respectively. This is also reflected in the damaged 

case; the increased stiffener height and therefore 

stiffness also increases the ultimate strength of the 

panel. However, this fails to prevent damage and 

crack propagation in the localized debond area 

which is driven by plate and flange buckling. A 

reduction in ultimate strength in regions 2 and 3 

from the intact case is observed to 67%, 70% and 

77% respectively for the squat, square and tall 

stiffener types however the local buckling, crack 

propagation and damage initiation load remain 

constant. 

 

5. Conclusions 

This paper presents an analysis investigating the 

effect of damage parameters on the residual 

capability of multi-stiffened composite structures. 

Detailed non-linear finite element models are 

assessed utilizing a global-local approach which was 

been validated to accurately assess the crack 

initiation and propagation, progressive damage and 

ultimate collapse of the structure. The analysis 

shows that the failure mode of the panel and 

interaction of failure modes changes significantly as 

the debond size increases. Global buckling 

dominates for a debond size representing 20% of the 

panel length whereas local plate buckling for larger 

debonds. Debond location relative to the plates 

buckled node lines has been shown to be critical in 

assessing the damage tolerance. Considering 

geometric parameters it is shown that smaller 

stiffener spacing results in a greater reduction in 

ultimate strength for a large debond compared to a 

larger stiffener spacing due to a more significant 

change in failure mode. Considering the stiffener 

height it is shown that the ultimate strength of the 

damaged panel may be increased by increasing the 

height of the stiffeners however localized damage in 

the region of the debond occurs at constant loads. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General introduction 

 

Amongst the thermoset resins, epoxy and polyester 

resins are the most commonly used for composites 

which require high mechanical performances. The 

main drawbacks for the using of thermoset resins are 

their uneasy recyclability and the toxicity of their 

constituents and solvants. During the epoxy resin 

common synthesis, an epoxy precursor reacts with 

an amino or acid anhydride hardener. The traditional 

epoxy precursor in the industry is the Bisphenol A 

diglycidyl ether (DGEBA) (Fig. 1), obtained from 

Bisphenol A (BPA), a toxic component for human 

and environment, and epichlorhydrine. 

 

 
Fig. 1. DGEBA chemical formula. 

 

Epichlorhydrine and BPA come traditionally from 

petroleum resources. In order to reduce the 

environmental impact of the thermoset resins made 

with petroleum reserves, alternative renewable 

resources are available. The renewable substitutes 

may be either the epoxy precursors, or the (amino or 

anhydride) hardeners.  Epichlorhydrine can be 

produced from biosourced glycerol. Solvay set in 

place in 2007 the EPICEROL™ process [1] which 

uses this technology. Dow Epoxy, Spolchemie and 

Sicomin with its Greenpoxy 55
®
 use biobased 

epichlorhydrine for epoxy resin production as well. 

By using biobased epichlorhydrine, renewable 

carbon content is still poor because epichlorhydrine 

represents a minor part in the final resin structure. 

Biobased BPA brings much higher renewable 

carbon content. The Epobiox
TM

  resin of the Amroy 

society, is made with biobased BPA and its 

renewable carbon content stands between 50 and 

90%. Like epichlorhydrine, biobased BPA is still 

harmful (CMR 2 product). Epoxydised oils can be 

good candidates as epoxy precursors, which would 

avoid the use of DGEBA. Since 1996, natural 

triglyceride oils have been used as a basis for 

polymers, adhesives, and composite materials [2][3]. 

These oils can be derived from plant or animal 

sources, and are made up mainly with triglyceride 

molecules, whose structure is presented in Fig. 2. 

Triglycerides are composed of three fatty acids 

joined at a glycerol juncture. Most common oils 

contain fatty acids that vary from 14 to 22 carbons in 

length, with 0 to 3 double bonds per fatty acid [4]. 

The epoxydised trigyceride oil can react with an 

amino or anhydride hardener to produce an epoxy 

matrix resin. 

 

 
Fig. 2. Triglyceride molecule [4]. 

 

Now, most of the major resins producer has a “green” 

range of resins. The bio-content is not always 

measured according to the same method, though. 

The american standard ASTM D 6866-12 [5] allows 

to determine the renewable carbon content. It is 

based on the carbon dating method. Another way to 

quantify the renewable content is to give a weigth 

percentage of the biocontent in the final resin. 

Generally speaking, in order to guaranty the optimal 

performances for composites, a good adhesion 

between fiber and matrix is required. The adhesion 

between polymers and vegetal fibers has often been 

criticized and numerous treatments have been tested 

in the literature to improve the fiber/matrix interface 

[6][7]. The aim of this article is to measure the 

adhesion between flax fibers and partially biobased 

epoxy resins available on the market, and to 
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compare the results to these obtained for the 

petrochemical commonly used equivalent. The 

adhesion between the resins and a flax fiber will be 

investigated at the microscopic scale via the 

debonding test. As the quality of adhesion between 

fiber and matrix has an influence on the in-plane 

shear resistance, in plane shear test will be carried 

out on ±45 laminates composites at the macroscopic 

scale. The results of adhesion at the both scales will 

be linked together. 

 

2 Material and methods 

 

2.1 Flax fibers 

Two different batches of fibers have been considered. 

The flax fibers used for the debonding test belong to 

the Melina variety (harvested in 2009) and were 

supplied by La Calira company (Picardie, France). 

They were dew retted to help fibre extraction then 

scutched and hackled. No further treatment was 

applied to the fibers. The second batch is used for 

making the composites samples for the in-plane 

shear test. It consists in flax fibers in the form of 

layers of two unidirectional tapes of untwisted yarns 

in a 0/90 configuration, stitched together with cotton 

thread, supplied by C.R.S.T (France) with a weight 

of 500 g/m
2
. The fibres were grown in France and 

had been dew retted before stripping and combing.  

2.2 Epoxy matrix 

The study focuses on commercialised epoxy matrix. 

Given that each main resin producer has its green 

range of matrix, only matrices with a renewable 

carbon content superior to 50% have been retained 

as “partially biobased matrix”. A petrochemical 

reference has also been selected. The studied matrix 

and their caracteristics (biocontent, origin of 

biocontent and curing specifications) are gathered in 

the Tab. 1. 

2.3 Matrix tensile test 

Tensile test on the matrix have been carried out on 

the apparatus MTS Synergie RT1000 (MTS, Eden 

Prairie, MN, USA). The laboratory atmosphere is 

controlled at a temperature of 23°C and a humidity 

of 48%. Tensile testing followed ISO 527 

instructions. The loading speed was 2 mm/min. 

Extensometer HTE was used with a nominal length 

of 49.7 mm. The tests were carried out at least five 

times for each specimen and the results were 

averaged arithmetically.  

2.4 Samples preparation for in-plane shear test 

Specimens for in-plane shear were prepared 

according to ASTM D3518 [8] with the different 

matrices reinforced by (±45) flax layers. Volumic 

fiber content is around 24%. The shear test standard 

requires a [45/-45]ns stacking sequence with 2 < n < 

4, and at least 8 reinforcement layers to limit 

tension-flexion coupling [9] and increase the 

interlaminar area. Laminates were made with 8 

reinforcement layers under thermo-compression and 

rectangular coupons were milled with the following 

dimensions: (25 x 180 x 3) mm
3
. 

 

Matrix 

Biocontent 

Origin of biocontent Curing specifications 

ASTM D6866 Weigth percentage 

Petro Petrochemical - 2h at 120°C 

Biobased A 55±2 - Biobased epichlorhydrine 
24h at Tamb 

+ 24h at 40°C 

Biobased B - 50-55 Biobased BPA, pine oil 2h at 80°C 

Tab. 1. Studied epoxy matrix. 
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2.5 Density and fibers fraction in composites 

Density of matrices and composites is measured 

with MS-DNY-54 Toledo Mettler scales. By 

weighing the sample in air and in ethanol, the 

density can be deduced by the calculation (1). 

     (1) 

Volumic fibers content is deduced from density 

according to the equation (2). 

    (2) 

An observation of the sections showed no significant 

porosities.  

2.6 Debonding test 

The droplets were placed on the flax fibres using a 

single glass fibre which had been dipped in the 

epoxy resin. Fibers with droplets are placed in an 

oven to cure according to the specifications of each 

resin supplier (see 2.2). Microbond specimens were 

then checked under the microscope to control the 

droplet geometry. Samples with defects (kink bands 

on the fibre or lack of symmetry of the droplet) were 

systematically rejected. Besides being symmetrical, 

microdroplets need to be smaller than 150 µm length 

otherwise the fibre will break when loaded. Droplet 

length and height, and fiber diameter at both 

extremities are measured for the selected samples. 

Then the flax fibre with the epoxy microdroplet was 

mounted in the shearing device and continuously 

observed with a microscope. The fiber was pulled 

out of the droplet while the latter was constrained by 

the knife edges (Fig. 3). The loading rate during 

debonding was 0.1 mm/min.  

 

 
Fig. 3. Debonding test [10]. 

 

Force–displacement plots were recorded for each 

specimen, in order to determine the debonding force 

and the friction force. At least 20 specimens were 

tested for each matrix. The interfacial shearing 

rupture mode is checked by an observation of the 

debonded droplet. 

2.7 In-plane shear test 

In-plane shear test has been carried out according to 

ASTM D 3518[8] on an Instron tensile testing 

machine equipped with a 50 kN capacity load cell, 

and loaded at a constant crosshead displacement rate 

of 2 mm/min up to rupture. The laboratory 

atmosphere is controlled at a temperature of 23°C 

and a humidity of 48%. A biaxial extensometer 

measured the sample width and thickness variation 

during the test. At least five samples have been 

tested for each matrix.  

3 Results and discussion 

3.1 Tensile mechanical performances of the 

matrix 

Results of the tensile test are presented in the Fig. 4 

and values of Young’s modulus, strength at break 

and strain at break are reported in the Tab. 2.  

 

 

Fig. 4. Tensile performances of the matrix 

 

The best performances in terms of Young modulus 

and tensile strength are attributed to the 

petrochemical matrix. The Biobased A resin shows 

properties close to these ones of the petrochemical 

matrix. This result is not surprising because these 

both matrix are based on the same components, 
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except that the epichlorhydrine of the Biobased A
 

resin is biobased. The Biobased B resin has a high 

vegetal oil content in its epoxy precursor. The 

position of the epoxy fonctions in epoxydised oils, in 

the middle of the fatty acids, makes them hard to 

react with for the hardener, because of the repulsion 

from the apolar carbon chains. On the contrary,   the 

epoxy fonctions in the DGEBA are located at the 

extremities of the molecule and are easily accessible. 

This configuration explains the slow reticulation of 

the resins using vegetal oil, and their lower 

tridimensional network density. Biobased A resin 

might have vegetal oil in its composition, which 

could explain its slight lowest performances 

comparing with these of the petrochemical matrix. 

For each studied matrix, the tensile strain is between 

3.1 and 3.2%, so higher than the flax fiber tensile 

strain (around 2%). This is a favorable condition for 
using flax fibers as reinforcement in composites 

made with these matrix. 

  

Matrix E (GPa) σ (MPa) A (%) 

Petro 3.3±0.0 77±3 3.1±0.6 

Biobased A 2.8±0.1 52±0 3.1±0.2 

Biobased B 1.4±0.1 19±1 3.2±0.6 

Tab. 2. Tensile performances of the matrix 

3.2 Adhesion at the microscopical scale  

Epoxy resins are able to create strong chemical 

bondings with flax fibers. Indeed, vegetal fibers are 

mainly constituted of cellulose and hemicelluloses. 

These components have hydroxyls groups at their 

surface, which can link to amino and epoxy groups 

of the epoxy resins via hydrogen bond. The 

quantification of the fiber/matrix link corresponds to 

the adhesion measurement. The debonding test has 

been chosen here to determine the adhesion of the 

several flax/epoxy systems. Fig. 5 shows a typical 

debonding curve for an epoxy droplet on a flax fiber. 

The initial behaviour is quite linear as elastic energy 

accumulates up to a sudden drop in force. The 

maximum load corresponds to the debonding. The 

stored energy is dissipated in the creation of an 

interfacial crack. The residual force is due to 

frictional forces of the droplet sliding on the fiber. 

The value of the debonding force Fmax permits to 

calculate the interfacial shear strength (IFSS). The 

equation (3) describes how to calculate the IFSS 

according to the Miller method [12]. 

 
Fig. 5. debonding curve for a flax/epoxy system [11] 

 

A uniform distribution of the stress along the 

fiber/matrix interface is assumed.  

  

   (3) 

 

r is the fiber radius at the drople extremities, L is the 

droplet length, and the hypothesis of a circular 

section for the fiber is taken.  

The IFSS obtained for the several systems 

flax/epoxy are given in the Fig. 6.  

 

 
Fig. 6. IFSS of flax/epoxy systems from the 

debonding test. 

 

The flax/Biobased B system shows the highest IFSS 

(28,5 MPa). Then, the flax/Petro system and the 

flax/Biobased A system have lower values of IFSS, 

close one to each other (20,4 and 17 MPa 

respectively). The adhesion is strongly dependent of 
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the chemical bonding which set up at the 

fiber/matrix interface. Thus, matrix components 

have a straight influence on the microscopical 

adhesion. For both Petro and Biobased A resins, 

components are similar, so unsurprisingly their 

adhesions on the same flax fiber are in the same 

range. The Biobased B resin supplier underlines the 

high hydroxyle groups content in its resin. Hydrogen 

bonds between hydroxyle groups from the matrix 

with these of the fiber can in part explain the high 

adhesion obtained for the flax/Biobased B system. 

Tab. 3 presents the results of this study amongst data 

from the literature, which have been established with 

the same device in the same laboratory.  

 

Fiber/matrix system 
IFSS 

(MPa) 
Ref 

Flax/Petro 20,4±4,9 This study 

Flax/Biobased A 17,0±5,0 This study 

Flax/Biobased B 28,5±6,4 This study 

Flax/EPOLAM 2020® 22,3±2,1 [13] 

Flax/EPOLAM 2015® 16,1±0,8 [14] 

Glass/EPOLAM 2020® 37,2±4,6 [13] 

Glass/EPOLAM 2015® 29,3±2,4 [14] 

Tab. 3. IFSS results from this study compared with 

literature 

 

The IFSS value for the flax/Petro system is in 

accordance with the literature. The adhesion of the 

flax/epoxy system is slightly lower than the adhesion 

between glass and epoxy. However, man have to 

keep in mind the fact that flax fibers undergo no 

sizing treatment to improve the adhesion, unlike 

glass fibers. Microscopical adhesions of the 

flax/epoxy systems are satisfying, with 

petrochemical and partially biobased resins. 

Nevertheless, within a composite, other parameters, 

such as the shape factor of the reinforcement fiber, 

enter into account in the interface problem. 

Additional tests have been achieved to analyse the 

influence of the microscopic IFSS at the 

macroscopical scale, and to determine if a good 

microscopical adhesion is enough to guaranty a good 

interphase and to obtain performing composites.  

3.3 In-plane shear test on ±45 laminates 

The ± 45 laminates have been cured according to the 

specifications of the resin suppliers they are made 

with (see 2.2), in order to be able to compare the 

results with the tensile performances of the matrix 

on one hand, and with the microscopical adhesion 

found with the debonding test on the other hand. The 

in-plane shear test is sensible to both the fiber/matrix 

interface and the matrix properties itself. This test 

provides shear strength τ12, shear strain ɣ12 and shear 

modulus G12. G12 is determined from the slope of the 

plot of shear stress versus shear strain for ɣ12 

between 0 and 0.2%. Equations (4), (5), (6), give the 

different relations for calculating G12, τ12 and ɣ12: 

 

    (4) 

 

    (5) 

 

σx is the applied strength. 

 

  (6) 

 

Under loading, the fibers rotate and the rotation 

reaches 1° for an axial strain of 2% [15]. According 

to the ASTM D3518 standard [8], if the shear strain 

is below 5% the shear stress can be taken at the 

maximum value: σx = σmax. If not, the shear stress 

corresponding to a 5% shear strain is used: σx = 

σɣ=5%. 

For unreinforced matrix, shear properties are 

calculated from tensile data according to the 

equations (7) and (8):  

 

   (7) 

 

    (8) 

 

Volumic fibers content (Vf) for the composites 

manufactured with the several matrix for the in-

plane shear test are given in the Tab. 4. They are 

found in the same range (24-25%) so the results can 

be compared.  

 

Matrix Vf (%) 

Petro 24 

Biobased A 24 

Biobased B 25 

Tab. 4. Volumic fibers content for composites 

laminates used for in-plane shear test. 
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Many studies ([16][17][18][19]) found that the 

higher the fiber/matrix bonding at the microscopical 

scale (high IFSS), the  greater the macroscopical 

properties for the corresponding composites. The 

improving of the macroscopical properties would 

not be proportional to the improving of the 

microscopical IFSS though. Tab. 5 presents the 

results obtained in this study comparing with the 

literature data. Flax/epoxy systems results are in 

accordance with the literature. These values are 

lower than the shear performances of glass/epoxy 

composites.  

Shear performances of the laminates manufactured 

with the different matrix are exhibited on the Fig. 7. 

The previous hierarchy given on the matrix by the 

tensile test is found: shear modulus of the 

composites made with petrochemical and Biobased 

A matrix are close, and the shear strength of the 

composite made with the Biobased A matrix is 

inferior to this of the petrochemical composite. The 

composite flax/Biobased B has the lowest shear 

modulus and shear strength. The poor Biobased B 

rigidity explains the low shear modulus. The 

flax/Biobased B system had a high IFSS (almost 

50% higher than for the two other systems) at the 

microscopical scale, but this superiority is not kept 

at the macroscopical scale.  

The fiber/matrix bonding would not be the decisive 

criterion for good macroscopical shear properties, 

but matrix intrinsic properties would prevail. This 

phenomenon has already be observed by Le Duigou 

et al [15] on a PLLA matrix which underwent 

several way of cooling : at the composite scale the 

matrix properties and morphology appear to 

dominate those of the interface. Even if the PLLA is 

a thermoplastic matrix, its mechanical properties 

close to epoxy or polyester ones make possible the 

comparison.  

 

Fiber/matrix system 
τ12 (MPa) G12 (MPa) 

Ref. 
Composite Matrix Composite Matrix 

Flax/Petro 48 ± 8 44 2405 ± 117 1231 This study 

Flax/Biobased A 40 ± 9 30 2507 ±215 1045 This study 

Flax/Biobased B 36 ± 4 30 1443 ± 133 896 This study 

Flax/Epoxy 46 ± 2 - 1679 ±121 - [20] 

Glass/Epoxy 52 ± 2 - - - [20] 

Tab. 5. In-plane shear performances of flax/epoxy composites from this study comparing with literature data. 

 

           
Fig. 7. In-plane shear performances of flax/epoxy composites (a) shear modulus, (b) shear strength. 
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4 Conclusion 

Adhesion on flax fibers of petrochemical or partially 

biobased epoxy resins has been investigated at both 

microscopical and macroscopical scales. At the 

microscopical scale, the debonding test highlighted a 

satisfying adhesion (high enough IFSS) for every 

flax/partially biobased epoxy system. Additional 

tests have been carried out to analyse the influence 

of the interfacial bonding at the macroscopical scale. 

Better macroscopical shear properties are not 

observed when microscopical IFSS is higher, as it 

could be expected. Intrinsic matrix properties would 

be most influent than the microscopical fiber/matrix 

bonding for the macroscopical shear properties of 

composites. This study highlights encouraging 

results for the use of partially biobased epoxy 

resins in composites, even if mechanical 

performances of these resins remain lower than 

these ones of their petrochemical equivalent.  
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1 Introduction  

 

The rapidly developing field of materials 

science requires new multifunctional materials that 

can work as high temperature heating resistors and 

in reactive and changing atmospheres. Carbon-

carbon (C/C) composites are candidates for high-

temperature applications due to their appropriate 

values of thermal and electrical properties. 

Moreover, C/C composites are light, retain their high 

strength and stiffness at high temperatures (up to 

2000 
o
C), and, due to a low coefficient of thermal 

expansion (CTE) and a high heat of sublimation, 

they have good ablation resistance [1,2]. The main 

disadvantage of carbon-based materials is their low 

oxidation resistance. For this reason, ceramic 

materials characterized by good oxidation resistance 

have been progressively incorporated in carbon-

based materials to protect them against the 

environment [1-3]. 

Maximum temperature and watt loading are 

the most important parameters characterizing 

heating resistors. Watt loading is defined as the 

electrical power per unit area dissipated by a heating 

element, and it is limited at high voltages by 

electrical breakdown of the material. Together with 

the maximum temperature of the intended 

application, they are the main limiting factors for the 

design of heating elements. The resistor temperature 

depends on how much energy has to be transmitted 

from the heating element to the surrounding area, 

and it depends as well as on the temperature of this 

area. On the other hand, with respect to the watt 

loading capability, it is clear that a higher value of 

this parameter is generally an advantage for the use 

of such material as heating element. Reduced values 

of watt loading capability generally make necessary 

the use of larger heating elements, and therefore 

produce an increase of costs. 

The practical limits of watt loading for the 

most often used heating resistors that can work in 

oxidative atmosphere are as follows: 8 to 12 W/cm
2
 

for metallic elements, 10 to 15 W/cm
2
 for silicon 

carbide, and 20 to 30 W/cm
2
 for molybdenum 

disilicide. The disadvantage of metallic elements is 

that the resistance of resistors made with these 

elements increases with time because of reduction in 
cross-section by oxidation and elongation, leading to 

eventual failure. The drawback of silicon carbide 

and molybdenum disilicide elements is that they are 

made of ceramic material, so they are brittle [5]. 

Metallic, silicon carbide, and molybdenum disilicide 

heating resistors can produce 1400 
o
C, 1650 

o
C and 

1850 
o
C maximum temperature in air atmosphere, 

respectively. Carbon/carbon composites are not 

brittle, present watt loading above 80 W/cm
2
 and 

maximum working temperature up to 3000 
o
C, 

however they can work only in nonoxidative 

atmospheres. 

Carbon/carbon/ceramic (C/C/ceramic) 

composites reinforced with carbon fibers are 

potential candidates for structures working at 

elevated temperatures, as well as high temperature 

heating elements. Similarly to C/C composites, they 

retain high strength and modulus at high 

temperature, however, due to the presence of a 

ceramic phase they have a distinctly higher 

oxidation resistance. Moreover, their fracture 

toughness is higher than for silicon carbide and 

molybdenum disilicide. 

The aim of this work is to investigate 

electrical properties and heating efficiency of C/C 
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 2 

composites impregnated with polysiloxane preceram 

as well as their durability in their working 

conditions. They should retain their mechanical 

parameters at high temperature, and additionally 

they should provide high durability. Using the 
preceram is a new low cost and very promising way 

to obtain carbon-ceramic composites and to protect 

them against oxidation [3,4]. 

 
2 Material fabrication. 

 

The C/C composites were manufactured by 

the liquid impregnation procedure. Two types of 

carbon roving, differing in mechanical properties, 

were used (see Table 1). Carbon roving was 

wrapped onto a rotating cylindrical drum in 

order to form a kind of tape. The carbon fiber 

tape was then impregnated with Novolac MR 
phenol-formaldehyde resin (ZCH Organika – 

Sarzyna, Poland) or with a mixture of the resin with 

UF15 SiC powder (SiCp from H. C. Starck, type 

StarCeram S, grains P 50 %, diameter = 0.55 µm). 

After drying, the impregnated fiber material was 

removed from the drum, cut into the desired shape 

and laid up (stacked) in a metallic mold in the 

required orientation (1D). This composite preform 

was then isostatically pressed and cured. In the next 

step, samples were heat treated in an inert argon 

atmosphere at the temperature of 1000 
o
C (see Table 

2 for a summary of the types of C/C samples 

prepared in this way). The C/C composites obtained 

in this step were then cut into bars, whose 

dimensions were approximately 3 mm x 5 mm x 80 

mm, and impregnated with Lukosil 901 polymethyl-

phenylsiloxane preceram (produced by Lucebni 

zavody, Kolin, Czech Republic), mixed with the 

previously mentioned SiCp, and subjected to heat 

treatments at 1000 
o
C and at 1700 

o
C in an inert 

atmosphere. This procedure allowed for obtaining 

C/C/ceramic composites. As a result of the heat 

treatment with the impregnated polysiloxane 

preceram, samples which were heat treated at 1000 
o
C contain silicon oxycarbide in their matrices, while 

samples that were heat treated at 1700 
o
C contain 

silicon carbide in their matrices. The different types 

of prepared C/C/ceramic samples are summarized in 

Table 3. The C/C composites used as a comparison 

reference for the C/C/ceramic composites obtained 

at 1700 ºC were also treated at this temperature in 

order to establish a valid comparison. For the 

C/C/ceramic composites obtained at 1000 ºC, there 

was no need to perform a similar treatment to the 

reference C/C composites, since they have already 

undergone a similar treatment in the last step of their 

fabrication. 

 

3 Material characterization. 

 

Electrical measurements were conducted in 

a quartz tube in an inert atmosphere (argon). 

Samples with the form of bars were contacted with 

graphite grips, achieving a good electrical contact. 

Increasingly high electrical currents (from 10 A to 

90 A) were then passed through the samples, using a 

variable electrical transformer. The flow of these 

high currents produced a heating effect on the 

samples, until the maximum value of current was 

achieved or failure of the sample occurred. The 

temperature as well as current – voltage 

relationships were registered. The temperature 

changes of the composites, accompanying the 

changes of the electrical parameters, were monitored 

by means of an optical pyrometer in the range from 

800 
o
C to 2500 

o
C. 

The resistance of the composite samples was 

calculated from the Ohm’s law. The quantity of 

dissipated electrical power on composite samples 

(watt loading) was calculated from the formula: 

PS = P/S   (1) 

where P is the electrical power (W), S is the 

composite surface (cm
2
), and PS is the watt loading 

(W/cm
2
) [5]. 

In order to estimate the durability of the 

composites, samples were subjected to non-

destructive ultrasonic measurements before 

electrical tests and after the tests. The ultrasonic 

wave velocity in all composites was measured in the 

laminates direction. After that, the Young’s modulus 

in this direction was calculated. Mass losses of 

composite samples after electrical tests were also 

estimated. 

  

4 Results  

4.1 Electrical measurements 

As mentioned in the previous experimental 

section, the electrical resistance of the samples was 

registered as the current and temperature of the 
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sample increased, starting from 800 ºC. In Figure 1 

we show a comparison of the resistance at 800 ºC 

between the C/C/ceramic and the C/C reference 

samples treated at 1000 ºC (which means that the 

ceramic phase is silicon oxycarbide). The first 

observation that becomes apparent from this figure 

is that the C/C/SiCO composites posses a distinctly 

higher electrical resistance than their C/C references. 

If we increase the current through the samples until 

the temperature of 1400 ºC is reached, the results of 

Figure 2 are obtained, in which we see that the 

difference in electrical resistance between the two 

types of samples has decreased, due to a generalized 

decrease of resistance at this  temperature, but still 

the C/C/SiCO composites present higher values of 

electrical resistance that their C/C counterparts in all 

cases analyzed. The general decrease of resistance at 

1400 ºC, compared to the values at 800 ºC, is in 

agreement with the expected negative temperature 

coefficient (NTC) behaviour of the electrical 

resistivity of these samples, since the predominant 

effect that determines the values of resistivity as a 

function of temperature is the carrier generation. 

If we now turn or attention to the samples 

prepared at 1700 ºC, i.e. samples in which the 

ceramic phase is SiC instead of SiCO, then quite 

different results are observed. In Figure 3 we see the 

electrical resistance of these samples when the 

current passing through them is producing a heating 

effect that increases the temperature to 800 ºC. As it 

can be observed from the error bars, any significant 

differences in the values of electrical resistance 

between the C/C/ceramic composites and their C/C 

reference samples have disappeared. Within the 

margins of the error bars, both C/C/ceramic and C/C 

composites have the same values of resistance. If we 

increase the current so that the temperature of the 

samples increases up to 1400 ºC, then the results of 

Figure 4 are obtained. Again, a general reduction of 

electrical resistance is observed compared to the 

values at 800 ºC, but the differences between 

C/C/ceramics and their C/C references continue to 

be not significant. 

 

4.2 Watt loading and maximum temperature 

We have calculated the watt loadings of the 

investigated composites at the maximum 

temperature reached during the heating process, 

which corresponds to the maximum current 

circulating through the sample before electrical 

breakdown was observed. The results for the 

samples with a SiCO ceramic phase (treated at 1000 

ºC during the fabrication process) are presented in 

Figure 5 and they are compared with their C/C 

composite counterparts (without ceramic phase). In 

general, the maximum watt loading achieved is 

smaller for the composites with a SiCO ceramic 

phase, compared to those that only have a carbon 

matrix (except for some samples fabricated with 

UTS fibers, in which no significant differences were 

detected). These results should be analyzed in 

connection with the resistance measurements, in 

which samples with a SiCO phase systematically 

showed higher resistances (Figs. 1 and 2). Higher 

resistances means lower currents for the same 

applied voltages, so the lower watt loading obtained 

for these samples is a consistent result. In the case of 

the UTS fibers, it was observed in Fig. 2 that the 

differences in electrical resistance for the samples 

made with them were less significant in the high 

temperature (i.e., high current) measurement range, 

so the less significant differences in watt loading 

values are also an expected result. 

If we do an analogous comparison for the 

C/C/ceramic composites treated at 1700 ºC during 

the fabrication process, i.e. the samples in which the 

ceramic phase is SiC instead of SiCO, we observe 

the results shown in Figure 6. In this case, no 

significant differences are observed between the 

C/C/SiC composites and their C/C reference 

samples. This is in agreement with the results of 

Figures 3 and 4, in which we observed no significant 

differences in electrical resistance between these 

samples. Since the values of electrical resistance 

were similar for samples with or without the ceramic 

(SiC) phase, then it is expected that the watt loading 

effects will also be similar, as we have just 

demonstrated. Hence, we can summarize by saying 

that densification and heat treatment of the 

composites in these conditions do not have influence 

on their watt loading: C/C/ceramic composites 

obtained at 1700 
o
C withstand the same watt loading 

as their reference C/C composites. 

 

Figures 7 and 8 present the maximum 

temperature that was generated from the heating 

resistors before electrical breakdown occurred. All 

C/C/ceramic composites heat treated at 1000 
o
C 

(with a SiCO ceramic phase) achieve lower 
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maximum temperatures than their C/C references, 

regardless of the type of fiber used. In general, these 

results agree with the lower values of watt loading 

achieved for the samples with SiCO ceramic phases 

(Fig. 5), because lower currents are expected to 

cause weaker heating effects. In the case of the 

C/C/ceramic composites heat treated at 1700 ºC 

(with a SiC ceramic phase), we can observe in Fig. 8 

two different behaviours. On the one hand, when 

UTS fibers are used, no significant differences are 

observed between the maximum temperature 

achieved with resistor samples that contain the SiC 

ceramic phase and those that only have a carbon 

matrix. This is in agreement with the similar values 

of maximum watt loading that are observed for this 

type of samples in Fig. 6. But, on the other hand, 

when STS fibers are used as starting material, a 

significant increase of the maximum attainable 

temperature is observed for the C/C/SiC composites 

compared to the reference C/C composites. This is 

not connected with differences in watt loading, since 

for these samples no significant differences are 

observed in Fig. 6. Therefore, we have to conclude 

that, for these particular samples, a similar watt 

loading and electrical resistance between the 

C/C/SiC ceramics and their C/C counterparts does 

not mean similar heating effects. Since the values of 

electrical resistance and watt loading are similar, the 

circulating electrical currents will also be similar, 

but the heating effects are stronger for the samples 

containing the SiC ceramic phase only when STS 

fibers are employed. This behaviour cannot be 

attributed only to the STS fibers, because in the case 

of a SiCO ceramic phase there is a decrease of the 

maximum attainable temperature for the densified 

samples with respect to those with only carbon 

matrix, for both types of fibers. Hence, the only 

possible explanation must be in the interaction 

between the STS fibers and the SiC matrix in terms 

of heating efficiency, but at this moment this 

behaviour is not completely understood ( a tentative 

explanation will be given in next section). 

 

The values of maximum watt loading for 

C/C/ceramic composites presented in Figs. 5 and 6 

are distinctly higher in comparison with 

conventional heating resistors. In general, it is 

possible to observe in Figs 5 to 8 that the highest 

watt loadings and highest temperatures are achieved 

for C/C/ceramic composites heat treated at 1700 
o
C, 

i.e. with a SiC ceramic phase (Figures 6 and 8).  

 

4.3 Young modulus 

In figures 9-12 we show the values of 

Young’s modulus for our samples before and after 

electrical measurements. In the case of the samples 

heat treated at 1000 ºC, i.e. with a SiCO ceramic 

phase, we can observe that the values of Young 

modulus are always higher for the densified samples 

(samples with ceramic phase) compared to those 

with only carbon matrix (Fig. 9). After the electrical 

tests (Fig. 10), the samples experiment a generalized 

and very significant decrease of the Young modulus, 

except for some samples like DSa and Ua, that we 

attribute to not reaching a full electrical breakdown 

in these cases. 

For the samples treated at 1700 ºC (SiC 

ceramic phase), there are no significant differences 

in Young modulus between samples with or without 

the ceramic phase (Fig. 11). The same behaviour 

was observed for these samples when we compared 

the electrical resistance (Figs. 3 and 4) and watt 

loading (Fig. 6). The values of Young modulus for 

these samples are significantly lower than for the 

samples treated at 1000 ºC (Fig. 9), both for the C/C 

composites and for the C/C/SiC composites. It is 

clear that the temperature has an important influence 

on this parameter. After the electrical tests, the 

samples with only carbon matrix experiment a very 

significant decrease of Young modulus (Fig. 12), but 

the C/C/SiC composites maintain their values of 

Young modulus almost unaltered. Hence, it can be 

concluded that C/C/SiC samples are durable while 

subjected to electrical load and they do not exhibit 

changes of Young’s modulus. 

Finally, table 4 contains data for mass losses 

of all samples after electrical tests. In the case of 

samples with only carbon matrix (Sa, Sb, Ua, and 

Ub) no mass losses were detected. The same can be 

said about the densified samples (with a ceramic 

matrix phase) subjected to heat treatments at 1700 

ºC, i.e. when the ceramic phase is SiC. However, 

when the ceramic phase is SiCO instead of SiC, i.e. 

when the heat treatment is at 1000 ºC instead of 

1700 ºC, there are mass losses detected after the 

electrical breakdown, and they are more significant 

for the samples fabricated with STS fibers than those 

with UTS fibers. The mass losses of the samples 
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with SiCO ceramic phase are attributed to loss of 

oxygen produced by the heating effects during the 

electrical tests. The significant differences of mass 

losses between samples with STS and UTS fibers is 

worth to analyze, specially taking into account that a 

different behaviour was also observed between 

samples containing these two types of fibers in 

connection with the maximum attainable 

temperature for C/C/SiC composites (Fig. 8). UTS 

fibers have higher strength and similar Young 

modulus than STS fibers. This means that UTS 

fibers have undergone additional high temperature 

processing steps during their fabrication, which can 

make them more immune to chemical reactions with 

the C/ceramic matrix. These chemical reactions can 

be at the origin of the higher loss masses that 

C/C/SiCO composites with STS fibers experiment 

during the electrical tests (that increase the 

temperature at more than 1500 ºC). They can also 

explain why samples with STS fibers, after being 

subjected to the 1700 ºC temperature treatment that 

originates the C/SiC matrix, are capable of reaching 

higher temperatures during the electrical tests than 

their UTS counterparts (Fig. 8). 

Summarizing, the main conclusion of Table 

4 is that C/C/ceramic samples obtained at 1700 
o
C 

(with a SiC ceramic phase) are more durable than 

those obtained at 1000 ºC (with SiCO ceramic 

phase) while being subjected to electrical load, 

because they do not experience any mass loss in 

contrast with the significant mass losses (and even 

visible damage) of the SiCO samples. 

 
5 Conclusions 

Carbon-ceramic composites obtained at 

1700 
o
C (with a SiC matrix phase) can be used as 

heating elements with watt loading up to about 90 

W/cm
2
. They do not experience any significant mass 

losses and their Young modulus stays unaltered after 

applying such watt loadings. In comparison, C/C 

composites experience a significant decrease of their 

Young modulus after application of watt loading. In 

the case of carbon/ceramic composites obtained at 

1000 ºC the ceramic matrix phase is made of SiCO 

instead of SiC and their durability after watt loading 

is significantly inferior: they experience noticeable 

mass losses and a substantial decrease of their 

Young modulus. Additionally, the values of watt 

loading and maximum achievable temperatures are 

generally higher for the samples with a SiC phase 

compared to those with a SiCO ceramic matrix. 

Hence, it is concluded that C/C/ceramic 

composites heat treated at 1700 ºC are good 

candidates for application as heating elements, 

although their industrial introduction still requires 

further investigation on long term reliability, under 

thermal shock and in oxygen-containing atmosphere 

conditions. 
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Figure 1. Resistance at 800 
o
C of C/C and C/C/ceramic 

(SiCO) composites heat treated at 1000 
o
C 
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Figure 2. Resistance at 1400 
o
C of C/C and C/C/ceramic 

(SiCO) composites heat treated at 1000 
o
C 
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Figure 3. Resistance at 800 
o
C of C/C and C/C/ceramic 

(SiC) composites heat treated at 1700 
o
C 
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Figure 4. Resistance at 1400 
o
C of C/C and 

C/C/ceramic (SiC) composites heat treated at 1700 
o
C 
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Figure 5. Watt loading of C/C and C/C/ceramic 

(SiCO) composites heat treated at 1000 
o
C 
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Figure 6. Watt loading of C/C and C/C/ceramic (SiC) 

composites heat treated at 1700 
o
C 
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Figure 7. Maximum temperature of C/C and 

C/C/ceramic (SiCO) composites heat treated at 1000 
o
C 

1400

1500

1600

1700

1800

Sa DSa Sb DSb Ua DUa Ub DUb

M
a
x
im

u
m
 t
e
m
p
e
ra
tu
re
 [
o
C
]

 
 

 

Figure 8. Maximum temperature of C/C and 

C/C/ceramic (SiC) composites heat treated at 1700 
o
C 

1400

1500

1600

1700

1800

Sa DSa Sb DSb Ua DUa Ub DUb

M
a
x
im

u
m
 t
e
m
p
e
ra
tu
re
 [
o
C
]

 

 

 
 

 

 

 

 

ICCM19 4323



 8 

Figure 9. C/C and C/C/ceramic (SiCO) samples heat 

treated at 1000
 o
C - Young’s modulus before electrical 

tests 
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Figure 10. C/C and C/C/ceramic (SiCO) samples heat 

treated at 1000 
o
C - Young’s modulus after electrical 

tests 
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Figure 11. C/C and C/C/ceramic (SiC) samples heat 

treated at 1700 
o
C - Young’s modulus before electrical 

tests 
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Figure 12. C/C and C/C/ceramic (SiC) samples heat 

treated at 1700 
o
C - Young’s modulus after electrical 

tests  
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Table 1. Types of carbon fibers used as reinforcement 

 

 

Carbon fibers 

 

Strength 

[MPa] 

 

 

Young’s 

modulus  

[GPa] 

 

 

STS 563124k, 1600 Tex 

 

 

4000 

 

240 

 

UTS 50 F13 12k, 800 

Tex 

 

4900 

 

240 

 
Table 2. Types of reference C/C composites 

 

Labelling 

 

 

Carbon fibers 

 

Matrix 

 

Sa 

 

 

Roving STS 5631 

 

C 

 

Sb 

 

 

Roving STS 5631 

 

C, SiCp 

 

Ua 

 

 

Roving UTS 50 F13 

 

C 

 

Ub 

 

 

Roving UTS 50 F13 

 

C, SiCp 

 

Table 3. Types of C/C/ceramic composites  

 

Matrix of composites 

 

 

 

Labelling and names  

of densified C/C sample  

1000 
o
C 

 

1700 
o
C 

 

 

DSa (densified Sa) 

 

 

C, SiCp, SiCO 

 

C, SiCp, SiC 

 

DSb (densified Sb) 

 

 

C, SiCp, SiCO 

 

C, SiCp, SiC 

 

DUa (densified Ua) 

 

 

C, SiCp, SiCO 

 

C, SiCp, SiC 

 

DUb (densified Ub) 

 

 

C, SiCp, SiCO 

 

C, SiCp, SiC 

 

 

 

 

Table 4. Mass losses of C/C and C/C/ceramic 

composites after electrical tests  

 

Mass losses [wt %] 

 

 

 

 

Sample  

1000
o
C 

 

1700
o
C 

 

 

Sa 

 

0 

 

0 

 

 

Sb 

 

0 

 

0 

 

 

Ua 

 

0 

 

0 

 

 

Ub 

 

0 

 

0 

 

 

DSa 

 

8 

 

0 

 

 

DSb 

 

16 

 

0 

 

 

DUa 

 

4 

 

0 

 

 

DUb 

 

3 

 

0 

 

 

 

ICCM19 4325



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Unsaturated polyester (UP) based glass fibre 

reinforced polymer composites (GFRC) are 

intensively used in many applications due to their 

high strength-to-weight ratio, low cost, good 

corrosion and chemical resistance and low 

maintenance requirements. Despite these 

advantages, poor fire resistance, the evolution of 

smoke and emission of styrene while burning of UP 

based composites are major limiting factors for 

applications where fire safety is important.  

The intrinsic flammability property of UP could be 

altered either by chemical modification of the resin or 

by adding flame retardant chemicals into it. In the 

chemical modification of the resin, flame retardant 

elements such as halogen or phophourous are 

introduced in the UP resin backbone. The presence of 

halogen in UP resin or the curing agent, styrene 

significantly improves the flame retardancy of UP, but 

while it burns the presence of halogen raises 

environmental issues [1-3].  Commonly used flame 

retardants such as alumina trihydrate (ATH), 

magnesium hydroxide and calcium carbonate can be 

used, however  to  be effective, they are required in 

high concentration (typically >30% w/w), which can 

affect,  mechanical properties of the composite [4]. 

The physical blending of resins is recognised as 

simple and effective method by which the 

composition may gain the favourable properties of 

each component [4]. For example, phenol 

formaldehyde (PH) resin has excellent flame  

retardance, good heat resistance, and low smoke/toxic 

gas evolution on burning [5] than UP. However the 

brittleness of the PH based composite laminate is the 

major limiting factor for their use in structural 

composites. The physical blending of these two 

different types of resin may form semi 

interpenetrating networks (IPNs) or hybrid polymer 

networks (HPNs). The degree of the network 

interpenetration depends upon the viscosity of the two 

resins, dispersivity, compatibility and the curing rate. 

The main aim of this work is to improve fire 

resistance of UP by blending it with PH [6, 7]. The 

main problem of blending UP and PH resins is their 

incompatibility due to their different curing 

mechanisms, which can lead to phase separation and 

hence, poor mechanical properties of the composite 

produced. The compatibility can be improved by 

functionalizing one of the resins [7]. In this work, 

we have used an allyl-functionalised resole PH to 

produce compatible blend with a UP resin. The 

compatibilization between two resins has been 

studied by DSC (differential scanning colorimetry) 

and DMA (dynamic mechanical analysis). 

Cast resins have been prepared from UP, PH and 

blended resins and their fire performance studied. 

GFRCs from UP and UP/PH resin matrices have been 

prepared and their fire and mechanical performance 

were studied.  
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2 Experiments 

2.1 Materials 

Unsaturated Polyester (UP): Crystic® 2.406PA, 

Scott Bader.  

Radical Catalyst: Catalyst M (Methyl Ethyl Ketone 

Peroxide based), Scott Bader. 

Phenolic resin (PH): Methylon 75108, Sumitomo 

Bakelite Europe N.V (allyl functionalized resole type 

phenolic resin solvent free) 

Fibre reinforcement: Woven roving E-glass fibre 

(300 gm/m
2
, Glasplies) 

2.2 Sample Preparations 

Cast resin samples were prepared by using UP, PH 

and UP/PH blended resins. The blends of varying 

UP/PH ratios were prepared by mixing required 

quantities of UP and the PH resin as in Table1 with 

mechanical stirring and then degassing under 

vacuum for 15 min. A methyl ethyl ketone catalyst 

(2 wt % w.r.t. resin) was added into the resin mixture 

and stirred for another 10 min. Subsequently the 

resins were transferred to the square shaped moulds 

(100mm x100 mm), cured at room temperature for 

24h and post cured step by step up to 190˚C (Table 1).  

The cured samples were of ~3.0 mm thicknesses. 

GFRC were prepared by using UP and UP/PH blends 

as matrices prepared as mentioned above. Eight 

layers of woven E-glass fabric, impregnated 

individually with resin (50% each by weight), were 

stacked, vacuum bagged and cured using similar 

curing conditions as cast resins (see Table 1). The 

GFRC of pure PH could not be prepared because of 

its low viscosity at high temperatures, there was too 

much leak-out.  

2.3 Characterization and Testing 

2.3.1Curing behaviour and compatibility study 

A DSC Q2000 was used to test the samples (2-10 mg) 

at a heating rate of 5˚C/min within the range of 30-

350˚C. The curing peaks and heat of reaction during 

curing (J/g) from the curves were measured. 

 A DMA Q800 was used to test the samples using a 

single cantilever clamp and multi-frequency-strain 

experiment set up (0.1% strain and 1 Hz frequency). 

The specimen was heated at 10˚C/min within the 

range 30-350˚C. Tan δ and storage modulus were 

measured and recorded. For each sample two test 

specimens were tested.  

2.3.2Flammability behaviour study 

Limiting Oxygen Index (LOI) 

The limited oxygen index (LOI) of cured unsaturated 

polyester, resole phenolic and co-blended  cast resin 

samples were studied using Stanton Redcroft 

apparatus equipped with an oxygen analyser. Three 

test specimens of ~ 3 mm thickness, 10 mm width, 

and 100 mm length were cut from the cured resins. 

The sample was suspended vertically and ignited with 

a flame. The condition at which the sample just burnt 

like candle was used to determine the LOI value of 

that particular sample.  

Cone Calorimetry 

The flammability of all cast resin samples UP, PH and 

UP/PH blends were evaluated in a cone calorimeter 

(Fire Testing technology, UK). Three specimens of 

each sample of 100 x 100 mm x~ 3mm were fire 

tested by exposing them to 50 kW/m
2
 incident heat 

flux in the horizontal mode with an ignition source. 

 UL-94 flammability test 

A standard method UL-94 (ISO 1210) test was used to 

classify the GFRCs samples according to the standard 

open flame. The samples were tested under vertical 

and horizontal UL-94 modes and the burning rates 

were also noted. 

2.3.3Mechanical performance study 

Tensile Testing  

The tensile tests of the GFRC specimens (200 mm 

x20 mm x ~3 mm) were conducted using a 50kN load 

cell attached to a Universal Instron 3369 tensometer 

frame with 1mm/min crosshead speed. The reported 

results are average of three replicate tests. 

ICCM19 4327



 

3  

FIRE AND MECHANICAL PERFORMANCE OF CO-BLENDED UNSATURATED POLYESTER/PHENOLIC 
RESIN MATRICES AND DERIVED GLASS-REINFORCED COMPOSITES 

 

Flexural Testing 

The flexural moduli of the GFRC specimens (200 mm 

x20 mm x ~3.0 mm) were measured in three-point 

bending mode using a 50kN load cell attached to a 

Universal Instron 3369 tensometer. The specimens 

were tested in the displacement-controlled mode (i.e., 

crosshead speed of 1 mm/min) .The reported results 

are averages of three replicate tests. 

Impact Testing 

The impact (dynamic) moduli of the GFRC specimens 

(100 mm x100 mm x ~3.0 mm) were measured in 

Instron Dynatup instrument with 100mm falling 

height and 1.02 kg mass.  

3 Results and discussions  

3.1Curing and compatibility study by DSC  

The DSC curves have been used to study the curing 

behaviour of resins such as temperature range for 

curing, cure peak temperature, percentage of cure etc. 

This information has been used to optimize cure 

conditions for resins and composites (Table 1); and 

also to study the compatibility of the component 

resins in the blends.  

The DSC of uncured UP in Figure 1 shows the 

exothermic curing reaction of the resin starting at 

room temperature and peaking at 82
o
C with 282 J/g 

heat release. Phenolic resins typically show an 

exothermic peak at much higher temperature than UP 

[8-10], for the resin used here the initiation of curing 

is at 180
o
C and peak maximum 230

o
C (Figure 1) with 

a total heat release of 231J/g. The curing of phenolics 

occurs by polycondensation, producing water and 

formaldehyde, which evaporates endothermically.  

The endothermic peak in this case was masked by a 

much larger exothermic peak.  This suggests that UP 

resin can be cured at room temp and then post cured at 

80
 o

C (curing peak temperature of UP) with a radical 

initiator. Whereas, PH needs a higher temperature of 

180
o
C for curing and 230

o
C for post curing without an 

initiator. The DSC curve of uncured UP/PH: 50/50 

shows several peaks, a first large exothermic peak 

(Peak max =76
 o

C), which can be assigned to the 

radical curing reaction of UP (106 J/g) and a second 

large peak maximum at 226
o
C assigned to the curing 

of PH 433J/g. A third very small peak can also be 

observed peaking around 170-180˚C with a total heat 

release of 31J/g. Such a peak was found neither in the 

DSC curve of the uncured PH (performed without a 

radical initiator) nor in that of UP. This suggests that a 

new reaction is occurring which most probably 

involves radical reactions of the allyl groups of the 

PH. This suggests an interaction between the two 

networks in UP/PH blended resin. Moreover, the 

blended resin was completely cured at 190
 o

C, 

whereas 100% curing in phenolic resin could only be 

achieved by post curing up to 230
 o
C.  

3.2Differential Mechanical Analysis (DMA)  

All cast resin samples reported in Table 2 were tested 

by DMA. The variation of the storage modulus with 

temperature was used to confirm the curing of the cast 

resins and the Tan δ was used to determine the glass 

transition temperature (Tg) of the cured pure resins 

and blends. DMA was also used to explore the 

compatibility of the blends [11].  

The storage modulus of blended resin decreased with 

increase of temperature indicating the completion of 

curing as shown in Figure 2. The differences in the 

behaviour between UP and PH resins were observed 

in DMA curves. The UP shows sudden and significant 

decrease of storage modulus from room temperature 

upto 95˚C (Tg
 
of UP), the decrease is much gradual in 

PH, occurring around 230˚C as a result of higher Tg . 

The blend UP/PH: 50/50 displays the higher storage 

modulus at room temperature with a value similar to 

that of PH, shows significant decrease of storage 

modulus from room temperature up to 130˚C (Tg
 
of 

UP/PH:50/50) and behaves similar to UP resin.  

Figure3 shows the graph of Tan δ as a 

function of temperature. Both pure resins display 

a single peak, corresponding to a single Tg of the 

respective resin. All blends show one Tg value, 

indicating the compatibility of two resins. During 

curing of the blends, cross linking between the UP and 
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PH through the allyl functional groups takes place and 

an inter penetrated network (IPN) structure is formed 

[12, 13].  

UP and PH have Tg  of 94˚C and 287˚C, respectively. 

The Tg of the blends is in between these two values 

and increases with increasing PH content (see Table 

2). The DMA results hence, corroborate the 

observation from DSC result that there is a possible 

cross linking reaction between the two resins and 

confirm that the two resins have compatibility and 

the blended resin acts as a single material.  

3.3Flammability behaviour of cast resin 

In order to understand the effect of phenolic resin 

content on the flammabity of the blended cast resins, 

all samples listed in Table 1 were tested as discussed 

below: 

Limiting Oxygen Index (LOI)   

The limiting oxygen index (LOI) is the minimum 

concentration of oxygen, expressed as a percentage 

that will support combustion of a polymer. Resistance 

to flaming increases as value of LOI increases. The 

LOI values of all samples are given in Table 2. The 

∆LOI (the difference between LOI of the sample and 

that of UP) as a function of versus increasing phenolic 

content is shown in Figure 4. 

 

The pure UP resin is combustible and  has LOI value 

of 18 %. Phenolic resin has a higher LOI value, 22.2 

%, indicating its less flammability than unsaturated 

polyester. The LOI value of phenolic however, is 

lower than expected from a phenolic resin. The lower 

flammability of phenolics is due to their chemical 

structure, having greater number of stable aromatic 

benzene rings [9,10] which on heating cross-link and 

char, whereas in UP, the resin decomposes into 

combustible volatiles, which burn. The flammability 

behaviour of the co-blended sample is in between that 

of the neat UP and neat phenolics as shown in 

Figure.4. In the presence of phenolic resin in the 

blended samples have shown increase in the LOI 

values up to 19.6 % for UP/PH: 50/50 blend which 

was achieved by the char yielding property of 

phenolics. The LOI values increased with increasing 

phenolic content as can be seen from Figure 4. It must 

be emphasized that the flammability of blended 

samples is not  dependant on one only factor i.e, cross 

linking phenolic groups,   but also on other  factors 

such as viscosity of resins during blending, 

dispersivity, compatibility between the resins, curing 

rate and  nature of IPN structure. 

 

Cone calorimetry   

The heat release rate (HRR) , rate of smoke release 

(RSR) and % mass  versus time curves are  plotted  in 

Figures 5 (a),(b) and (c), while all derived parameters 

i.e. time-to-ignition (TTI), flame out time (FO), peak  

heat release rate (PHRR), total heat release (THR), 

effective heat of combustion (EHC), total smoke 

released (TSR) and % residual weight  are given in 

Table 3. 

According to the results  shown in Table 3, the UP 

ignited earlier (39s) than pure phenolic resin (49s) TTI 

of phenolic resin is also very low, indicating that 

despite phenolic’s expected inherent flame retardant, 

the resin used here is combustible and ignites within a 

short period of time However, once ignited, it burns  

slowly (flame out 218 s) with lower  heat release rate 

as in Figure 5(a) compared to UP (FO = 180s). The 

PHRR from phenolic (720 kW/m
2
) is much lower than 

from UP (1130 kW/m²); THR is also lower (Ph = 

54.7MJ/m
2
, UP = 87.2 MJ/m

2
). This is due to intrinsic 

chemical structure of phenolic resin as explained in 

previous section. Phenolic resin during combustion 

undergoes cross-linking reactions leading to char 

formation [14,15] as shown in Table 3, the char yield 

of phenolic is 21%, whereas UP has only 1.7%. The 

blended resins have shown lower PHRR than pure UP 

(see Table 3), the value decreasing with incresing 

phenolic content. Similar trend is shown for THR. 

This can be explained due to the char formation 

tendency of phenolics [15], the char layer  act as a 

thermal barrier,  slowing down  the further burning of 

sample [16].  
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As can be seen from Figure 5(b),the total smoke 

released from phenolic resin is lower than that of UP 

resin. In unsaturated polyester resin the aromatic 

contents with styrene and phthalic acid functionalities 

cause significant smoke production, whereas, phenolic 

resin contains stable aromatic benzene ring in its 

structure which is less reactive with oxygen. UP/PH 

blends have TSR values in between UP and PH, the 

value decreases with increasing PH content. 

The effective heat of combustion (heat released from a 

burning test specimen in a given time interval divided 

by the mass lost from the test specimen in the same 

time) does not show much difference and it is in the 

range of 19-20MJ/kg for all samples.  

3.4Flammability behaviour of composite laminates   

The flammability of composite laminates (GRFC) 

produced from resins in Table 1 were studied by UL-

94 test, used commercially as a quality control test. 

Results of GRFC samples are given in Table 4. All 

samples failed in both vertical and horizontal burning 

test.  In each case the whole sample burnt after the 

first ignition. To compare their burning behavior, 

burning rate was also measured. As can be seen from 

Table 4, the burning rates in horizontal and vertical 

test for UP is higher than for blended samples. In 

vertical orientation, the UP laminate has a 70mm/min 

burning rate whereas UP/PH: 50/50 has a 32mm/min, 

with > 50 % reduction. These results are showing the 

same trend as observed from cast resin samples from 

LOI and cone results. As explained in Section 2.2 a 

composite laminate from pure phenolic could not be 

prepared. 

3.6Mechanical Properties of UP/PH blended resin 

composite laminates 

The flexural, tensile and impact moduli normalized 

with respect to fibre volume fraction of all samples are 

given in Table 5.The stress-strain curve of the GRFCs 

under tensile mode are shown in Figure 6.The slope of 

stress-strain curves for pure UP and the co-blended 

resin matrix GRFCs were similar. The tensile modulus 

of GRFC of UP was 13.3 GPa and for UP/PH the 

value varies from 12 to 13.8 GPa depending on the 

blend ratio. The value is lower than UP, however not 

significantly lower, which is as expected as tensile 

properties are fibre dependent. Some reduction 

observed could be due to lower fibre-resin interface 

bonding in some cases. Moreover, there does not seem 

to be an obvious trend of change of value, with 

increasing content, indicating that this is due to 

individual sample preparation rather than due to the 

phenolic content. 

The effect of phenolics in the blended resin matrix of 

GRFC on mechanical properties was also observed in 

flexural mode in term of flexural modulus as shown in 

Table 5. The flexural modulus of up UP laminate was 

17.0 GPa while in blended samples it is reducd to ~ 

15.7-16 GPa. The value is reduced, but not to a large 

extent as was expected from the brittle nature of 

phenolics. This could be that the UP chains may have 

a plasticizing effect on the phenolic resin leading to a 

fall in viscosity of the system. This might make the 

physical escape of volatile matter from the resin easier 

to produce samples without voids, resulting in 

retaining good mechanical properties [17]. 

The Impact modulus of laminates samples are 

reported in Table 5. Impact modulus of UP laminate 

was 13.1 GPa and for the co-blended samples of 

UP/PH: 70/30, 60/40 and 50/50 were 13.7, 14.0 and 

13 GPa respectively. The phenolic content has not 

adversely affected the impact properties similar to 

those of flexural.  

The results of mechanical properties of fibre-

reinforced composites in Table 5 has shown that the 

inclusion of functionalized phenolic in UP has not 

significantly affected all mechanical properties of UP. 

This is due to the formation of ester linkages by the 

reaction of UP with the resol resin prevents the 

generation of dimethylene ether linkages. This may 

further reduce the amount of methylene bridges and 

the liberation of formaldehyde and yield good 

mechanical properties into the co-blended samples 

[17]. 
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4 Conclusions 

The UP/allyl-functinalised PH co-blended resin 

systems with different ratios have shown good 

compatibility. The interaction between UP and PH 

was improved by the presence of allyl-functional 

groups in the PH which formed the cross linkages 

between UP and PH by chemical interaction and also 

helped to form well-built IPN structure by physical 

interaction. 

The LOI, UL-94 and cone calorimetric results 

have shown that the presence of PH in the UP/PH 

co-blended resin improved the fire retardancy of 

the blended material. The flammability of the 

blends decreased with increasing phenolic content.  

The UP/allyl-functinalised PH co-blended resin 

systems with different ratios have shown 

improved fire retardancy without having any 

detrimental effect on their mechanical properties.  
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      Fig.1.DSC curves of UP, PH and UP/PH uncured resin 
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Table1. UP,PH and UP/PH cast resin  formulation  

Sample 
UP  

(wt %) 

PH 

 (wt %) 

Cat.M  

(wt % UP) 
Curing conditions 

UP 100 - 2 RT 24h, 80˚C 6h 

UP/PH:80/20 80 20 2 50
o 
C (6 h), 80

o 
C(12h),120

o 
C (3h),190

o
 C (4h) 

UP/PH:70/30 70 30 2 
50

o 
C (6 h), 80

o 
C(12h),100

o 
C (8h), 120

o 
C (6h),130

o
 C (2h), 

150
o 
C (2h),180

o
 C(2h) 

UP/PH:60/40 60 40 2 
50

o 
C (6 h), 80

o 
C(12h),100

o 
C (8h), 120

o 
C (6h),130

o
 C (2h), 

150
o 
C (2h),180

o
 C(2h) 

UP/PH:50/50 50 50 2 
50

o 
C (6 h), 80

o 
C(12h),100

o 
C (8h), 120

o 
C (6h),130

o
 C (2h), 

150
o 
C (2h),180

o
 C(2h) 

PH - 100 - 100
o 
C (8h), 120

o 
C (6h),130

o
 C (2h), 190

o
 C(2h) 

 

 
Fig. 2. Storage Modulus as function of temperature of UP, PH 

and UP/PH: 50/50 cast resin  
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Fig.3.Tan δ vs temperature curves for UP, PH and UP/PH 

cast resin by DMA 
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   Table 2. Tg and LOI of cast resin 

Sample Tg (
o
C) LOI (%) 

UP 94 17.9 

UP/PH:70/30 110 19.0 

UP/PH:60/40 117 19.2 

UP/PH:50/50 125 19.6 

PH 287 22.2 

 

 
           Fig.4. Δ LOI of UP, PH and UP/PH blends 
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Fig.6. Stress-strain curve for GFRC of UP and UP/PH       

resin blends under tensile mode 
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Fig.5(b). RSR versus  with time  for UP,PH and UP/PH 

cast resin  
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Fig.5(a).HRRversus  with time  for UP,PH and U/PH cast resin  

0

200

400

600

800

1000

1200

0 50 100 150 200 250

H
R

R
(k

W
/m

2
)

Time(s)

UP

UP/PH:80/20

UP/PH:70/30

UP/PH:60/40

UP/PH:50/50

PH

Table 3.Cone results of cast resin  

 

Sample 
TTI 

(s) 

FO 

(s) 

PHRR 

(kW/m²) 

TPHRR 

(s) 

THR 

(MJ/m
2
) 

EHC 

(MJ/kg) 

TSR 

((m²/s)/m
2
) 

Residual 

mass (%) 

UP 36+1 180 + 6 1130+34 112+3 82.7+2 20.4+0.2 4640+166 1.7+1.2 

UP/PH:80/20 39+1 186+2 1035+15 110+4 74.0+3 20.1+0.1 4182+107 7.1+1.0 

UP/PH:70/30 38+1 188+3 953+11 100+1 71.1+4 19.6+0.5 3930+140 8.5+1.5 

UP/PH:60/40 39+1 204+3 892+4 107+1 69.3+2 20.4+0.2 3974+14 15.2+0.9 

UP/PH:50/50 35+0 208+1 809+8 103+7 66.9+2 20.4+0.4 3516+ 53 17.1+0.4 

PH 49+2 218+2 720+7 97+3 54.7+2 20.2+0.1 2653+42 21+0.2 

 

 

 

 
 

Fig.5(c). %Mass versus with time for UP,PH and  

UP/PH cast resin  

0

20

40

60

80

100

120

0 50 100 150 200 250

M
a

ss
(%

)

Time (s)

UP

UP/PH:80/20

UP/PH:70/30

UP/PH:60/40

UP/PH:50/50

PH

ICCM19 4333



 

9  

FIRE AND MECHANICAL PERFORMANCE OF CO-BLENDED UNSATURATED POLYESTER/PHENOLIC 
RESIN MATRICES AND DERIVED GLASS-REINFORCED COMPOSITES 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Table.4 UL -94 test results for UP and UP/PH co-blended GRFC 

Sample 

Horizontal 

burning rate 

(mm/min) 

UL94 rating 
Vertical 

burning rate 

(mm/min) 

Dripping 
Horizontal 

burning test 

Vertical 

burning test 

UP 17+0.1 HB Fail 70+2.3 None 

UP/PH:70/30 13+0.2 HB Fail 57+0.2 None 

UP/PH:60/40 12+0.3 HB Fail 49+2.8 None 

UP/PH:50/50 11+0.1 HB Fail 32+0.2 None 

 

    Table.5. Normalised mechanical properties of GFRCs with respect to fibre volume fraction of control UP composite 

Samples 
Thickness 

(mm) 

Tensile modulus 

(GPa) 

Flexural modulus 

(GPa) 

Impact modulus 

(GPa) 

UP 2.2 17.0+0.2 17.0+0.2 13.1+0.2 

- 
UP/PH:70/30 2.2 15.9+0.8 (-1.5) 15.9+0.8 (-1.1) 13.7+0.4 (+0.6) 

 
UP/PH:60/40 2.3 15.7+0.6 (-1.2) 15.7+0.6 (-1.3) 14.0+0.3 (+0.9) 

UP/PH:50/50 2.4 15.8+0.4 (+0.5) 15.8+0.4 (-1.2) 13.0+0.5 (-0.1) 

 
     Note: The values in parentheses are change in value w.r.t. control UP sample, (+) denoting increase and (-) decrease. 
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Abstract 

In this paper, energy harvesting using composite 

piezoelectric beams from fluid-induced flutter was 

studied. Horizontal and vertical-stalk configurations 

were examined and the power outputs were 

recorded. It was found that the vertical-stalk 

arrangement produced a four-fold increase in power 

compared to that of the horizontal configuration. 

High-speed footage of the vertical-stalk 

configuration was taken to understand the reasons 

behind the increased power output. The findings are 

discussed here. 

1 Introduction 

Flutter of flags, leaves on a tree or automobile 

antennas are commonplace yet complex 

engineering and scientific problems involving fluid-

structure interaction. These concepts were initially 

studied only with an academic interest and later was 

used for practical engineering purposes [1]. There 

has been extensive work done to understand flutter 

of plates and membranes [2-5]. 

Over the past two decades, researchers have shown 

considerable interest in energy harvesting using 

piezoelectric patches to convert ambient vibration 

energy to electrical energy. However, only recently, 

energy harvesting from ambient fluid flow has 

gained attention. In 2001, a concept of an energy 

harvesting 'eel' was introduced [6]. The 'eel' 

consisted of a Polyvinyledene Fluoride (PVDF) 

membrane clamped at its leading edge and was 

placed downstream to a vortex shedding cylinder. 

The system was immersed in a parallel fluid flow 

(i.e. zero angle of attack with respect to the PVDF 

membrane). The vortices shed from the cylinder 

induced flutter of the PVDF membrane, resulting in 

an output AC voltage waveform. 

In 2004, an array of multiple piezoelectric patches 

immersed in water was proposed [7]. It was 

mentioned that these array of energy harvesting 

piezo patches could help in generating more power 

than a small wind turbine. However, it was only a 

theoretical approximation. In 2008, the concept of 

an artificial tree was proposed [8]. In this concept, 

the leaves of the tree were attached to composite 

piezoelectric stalks. Thus, as the wind flowed 

across the tree, the flutter of the leaves would 

induce deformations on the piezo stalks, which 

would result in electrical power. The rationale 

behind this design was to have a safe, aesthetically 

pleasing device that could supplement the energy 

requirement in commercial and household regions 

by powering Ultra Low Power (ULP) devices such 

as sensors and LED lights.  

In 2009, the artificial tree concept was tested with a 

single piezo-leaf configuration in parallel smooth 

flow [9]. Two different configurations, horizontal 

stalk and vertical stalk were tested. The 

configurations are shown in figure 1. 

 
Fig. 1. Horizontal and vertical leaf stalk configuration [9] 

The PVDF stalk was connected to a polymeric leaf 

material with the help of a plastic hinge. It was 

noted from this work that the vertical-stalk 

arrangement provided more power output compared 

to the horizontal talk arrangement. However, the 

reason for the increased power output were not 

clearly explained. It was believed that the vertical 
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stalk configuration was subjected to coupled 

bending-torsion vibration modes leading to more 

power output. In an experiment elsewhere [10], it 

was shown that a piezoelectric patch subjected to 

coupled bending-torsion provided about 30% more 

power than a patch subjected to conventional 

transverse bending. In [11], a similar energy 

harvesting device, consisting of a piezo beam 

connected to a flutter amplifier with a hinge, was 

investigated. 

Composite PVDF patches can be used for energy 

harvesting from fluid flows due to their high 

flexibility and low cost. Macro Fibre Composites 

(MFC) are well engineered piezoelectric materials 

with energy densities almost an order of magnitude 

higher than the PVDF materials [12]. However, 

MFC patches are not capable of handling large 

amount of strains experienced in fluid-induced 

flutter. The Lead-Zirconium Titrate (PZT) fibres are 

brittle and hence crack when the strains are beyond 

threshold limits. Also, MFC patches are relatively 

expensive and less flexible and hence do not suit 

this purpose. 

In [13], different leaf geometries were examined 

and it was shown that the triangular leaf caused the 

system output the most power. Also in [14], 

different triangular leaf aspect ratios and areas were 

examined and its effect on the power output was 

discussed. Also, the effect of a revolute hinge on a 

fluttering membrane was explained in [15] and it 

was clear that the hinge would lower the leaf-stalk’s 

natural frequency. This caused the system to flutter 

at a relatively lower wind speed. Thus, from the 

literature, it is evident that a composite PVDF stalk, 

coupled with a polymeric leaf with the help of a 

hinge could be utilised to harvest energy from fluid-

induced flutter. 

In this work, both the horizontal and vertical stalk 

configurations are examined and the power outputs 

from the PVDF are recorded at different speeds. 

The power outputs are compared and explanations 

for the increased power output from the vertical 

stalk configuration are given, following 

scrutinisation of the high speed camera images; 

specifically, the aerodynamic forces and coupled 

bending-torsion modes are qualitatively identified. 

The results are discussed and the drawbacks are 

highlighted.  

2 Concept of the energy harvester 

When a highly compliant plate is immersed in 

parallel fluid flow, vortices are induced at the 

trailing edge leading to an adverse pressure 

gradient. This creates an instability, which causes 

subsequent plate oscillation. In this case, the PVDF 

stalk was connected to a triangular shaped 

polymeric leaf via a revolute hinge. The hinge acted 

to allow flutter at earlier wind speeds, and permitted 

greater flexibility of the leaf-stalk. Also, the leaf 

offered a greater surface area to the fluid and hence 

amplified the oscillation of the PVDF stalk. The 

material and geometrical properties that affect 

flutter characteristics were discussed in [16]. A 

schemetic representation of the device is shown in 

figure 2. 

 
Fig. 2. Schematic working of the energy harvester 

In the horizontal-stalk arrangement, the system was 

immersed parallel to the wind direction. Thus, it 

was suggested that the PVDF stalk was subjected 

only to transverse bending. In a vertical-stalk 

arrangement, the PVDF stalk was vertically aligned 

to the wind while the leaf's arrangement remained 

the same as the horizontal case (refer to figure 1). 

Thus, in the vertical-stalk arrangement, it was 

believed that the PVDF stalk was subjected to 

coupled bending and torsion modes of flutter 

(explained in section 4.3). 

A plate undergoing transverse bending due to flutter 

is governed by the Euler-Bernoulli equation as 

 

              
   

   
   

   

   
                     (1) 

where       ; m- Mass per unit length of the 

plate;   - density of the plate; h- thickness of the 

plate; l- width of the plate; E- Young's modulus; I- 

moment of inertia;   - pressure difference across 

the plate due to the fluid flow. This pressure 

difference, according to Theodorsen's approach [3] 

could be modeled as 

 

                                                              (2) 
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Where     - non-circulatory pressure due to the 

transverse motion of the beam;    - circulatory 

pressure due to vortex shedding at the trailing edge.  

The stress T induced by the bending of the 

piezoelectric beam is given by 

               
  

 
    

    

   
                    (3) 

Therefore, the strain S induced is related as 

                          
    

   
                        (4) 

Where M – bending moment, I – moment of inertia, 

z – distance from the neutral axis to the point of 

interest. 

The stress and strain induced due to the beam 

vibrations are related to the electric field and 

displacement produced by the piezo in the 

following coupled equations [17]. 

       
 
 
   

  
   

  
 
 
            (5) 

Where D – electrical displacement; c – compliance; 

d- direct piezoelectric coefficient; d
t
 – transverse 

piezoelectric coefficient,   - permittivity;   - 

Electric field strength.  

In the vertical-stalk configuration, it is suggested 

that the stalk is subjected to bending and torsional 

modes of flutter. Then, a system of coupled 

bending-torsion equations are given as [18] 

 

       
        

      
   

             (6) 

 

  
        

   
  

   

   
   

   

   
 

                                           
   

   
       (7) 

where c - distance between the centroidal axis of 

the beam and its shear center; Ip - polar moment of 

inertia; R - torsional rigidity and R1 - wrapping 

rigidity. Thus, by solving the system of equations 

with the relevant boundary conditions, the stress 

and strain values could be determined, which would 

consequently provide the electrical energy through 

the piezoelectric coupling equations. It is noted that 

the mechanical and electrical damping were 

neglected in this mathematical model. 

3 Experimental Setup 

3.1 Wind tunnel setup 

Experiments were carried out in RMIT University 

aeronautical wind tunnel. The wind tunnel is a 

closed circuit tunnel having a test section measuring 

1.07m in height, 1.35m in width and 2.7m in length. 

The tunnel consists of a six-bladed fan powered by 

a 100kW DC motor. The tunnel has a contraction 

ratio of 4:1. The longitudinal turbulance intensity in 

the test section is generally less than 0.5%; thus, all 

the experiments were carried out in smooth flow 

conditions. A pitot static tube connected to an MKS 

Baratron
®
 was used for pressure measurements in 

the tunnel, from which the flow velocities were 

calculated. The density of air was kept constant at 

1.23 kg/m
3
. An error in the velocity calculation due 

to standardization of density was determined to be 

only 0.5%. Thus, a constant air density value was 

justified in the experiments. 

Since the experiment involved recording of 

electrical output from the piezoelectric patches, a 

signal to noise ratio in the tunnel was evaluated. At 

first, shielded cables were placed in the wind tunnel 

without touching the tunnel walls. The tunnel was 

turned on to a wind speed of 15m/s and the other 

end was connected to a 20MHz oscilloscope. Then, 

the actual piezoelectric element was connected to 

the terminals of the cable and the signals were 

recorded. The signal to noise ratio was found out to 

be as high as 300-400. Hence, no filters or 

calibrations were required in this regard. 

The wind speed range chosen for the experiments 

was 3m/s to 8m/s. This range was chosen based on 

the average wind speeds in and around Victoria, 

Australia [19]. Experiments performed in [9] 

followed the same test range.  

3.2 Specimen configuration 

The PVDF patches used for the experiments were 

LDT1-028K/L (Measurement Specialties, Inc.). The 

laminated PVDF patch measured 72mm long, 

16mm wide and 205µm thick. The patches 

contained electrodes at the clamping base to which 

the cable was connected. The leaf used for the 

experiments was made from 0.35mm thick 

polypropylene. The material had a density of 995 

kg/m
3
 with an elastic modulus of 1261 MPa. The 

leaf used was an isoceles triangle with a base and 

height of 80mm respectively. Previous studies 

showed that this leaf geometry was the optimum for 
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the energy harvester [14]. The leaf and the piezo 

stalk were connected via a plastic revolute hinge. It 

was ensured that there was no frictional resistance 

in the joint. The effect of the hinge added mass was 

evaluated in [14], and it was found that the second 

modal frequency was reduced by around 15%.  

In the horizontal-stalk configuration, the PVDF 

stalk and the leaf were attached such that both their 

longitudinal axis were parallel to the wind direction 

and along the same line. The base of the stalk (the 

leading edge) was clamped using metal strips 

having a thickness of 1.75mm (figure 3). In the 

vertical-stalk configuration, the stalk was placed 

vertical while the leaf axis was kept horizontal. The 

base of the stalk was clamped 100mm away from 

the stand using horizontal metal clamping strips. 

This clearance was set such that any aerodynamic 

interference of the base stand with the motion of the 

fluttering harvester was avoided. The setup of this 

arrangement is shown in figure 7. The stand was 

guyed to the walls of the wind tunnel using thin-

gauge wires to avoid any stand vibrations during the 

experiments.  

 

 
Fig. 3. Experimental setup of the horizontal-stalk 

configuration [14]. 

3.3 Load matching and data logging 

In order to record the electrical power output from 

the PVDF patch, the patch was connected to a 

simple circuit. The power output of a piezoelectric 

material depends on the external load resistance 

across which the voltages are measured [20]. The 

optimal load resistance RLopt for a piezoelectric 

material in operation for maximum power output is 

estimated as 

 

                        
 

  
                          (8) 

 

where   - operational frequency of the piezoelectric 

material and C - internal capacitance of the 

piezoelectric material. 

In this case, the the patch was tested for its power 

output from 3-8m/s. Thus, the optimal load 

resistance was experimentally determined for a 

velocity of 5.5m/s, the median wind speed. The 

PVDF patch was connected to different load 

resistances ranging from 1-60MΩ in parallel. This 

circuit was connected across a differential probe 

(Elditest, GE8115) before linking the circuit to the 

DAQ board (National Instruments, BNC 2110). The 

use of a differential probe with a very high internal 

impedance ensured that the AC voltage from the 

leaf-stalk was measured across the load resistance, 

and also that the voltage was scaled down to the 

maximum allowable voltage of the DAQ board. The 

circuit diagram is shown in figure 6. 

The AC voltages were recorded at a sampling rate 

of 1kHz, for a period of 30 seconds, to ensure good 

resolution. A LabView
®
 program was written to 

calculate the RMS voltage at 0.1s intervals, thereby 

having 300 values of RMS voltages for the recorded 

time frame. The electrical power output was then 

calculated for each 0.1s interval as  

 

                              
    

 

  
                                (9)  

 

where VRMS - root-mean-square voltage from the 

leaf-stalk. The average power for the 30 second 

period was calculated as 

 

                  
 

   
   

   
                         (10) 

 

The load matching experiments were carried out for 

the horizontal-stalk configuration. The circuit was 

setup and the voltage data were recorded after 

setting the wind speed at 5.5m/s. Different load 

resistances were connected one by one and their 

corresponding power outputs were calculated. The 

output average RMS voltages were plotted against 

different load resistances and the graph is shown in 

figure 4. 
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Fig. 4. RMS Voltage vs. Load resistance. 

It is clear that as the load resistance increased from 

1MΩ, the voltage increased initially and then 

saturated at resistance of around 20MΩ. In order to 

determine the optimum value of load resistance, the 

output power was plotted against the load resistance 

in figure 5. 

  
Fig. 5. Output power vs. load resistance. 

The optimal load resistance value for this case was 

found out to be 5.6MΩ. Thus, a 5.6MΩ load 

resistor was used for all the experiments conducted. 

It is to be noted that flutter frequency would be 

different for a vertical-stalk arrangement and hence 

would require a different optimal resistance value. 

However, in order to have a common ground for 

comparison between the two different 

configurations, the same load resistance was used 

while measuring the voltage output. 

 

 
Fig. 6. Energy-capture circuit used for power 

measurement. 

3.4 High speed image capture 

In order to understand the vibration modes and 

aerodynamic forces encountered by the vertical-

stalk configuration of the PVDF patch, high speed 

videos were captured for all the tested wind speeds 

(3-8m/s). A high speed camera (IDT X-Stream 

XS4) was placed downstream to the specimen 

facing it with its axis parallel to the wind. A 

photograph of the setup is shown in figure 7. The 

high speed footage was captured at 1000 

frames/second to ensure good resolution of the leaf-

stalk flutter. The specimen was lit with two 300W 

studio lights from outside the wind tunnel. 

 

Fig. 7. Vertical-stalk configuration with camera setup. 

4. Results and discussion 

4.1 Horizontal-stalk configuration 

The horizontal-stalk configuration was set up in the 

wind tunnel and the circuit was connected to the 

PVDF patch with an optimized load resistance of 

5.6MΩ. The power output was measured and 

recorded for wind speeds from 3-8m/s. At each 

wind speed, the system was first allowed to reach 

steady-state flutter and then the data was recorded 

for 30 seconds. Experiments were repeated three 

Piezoelectric

Harvester

Differential

Probe

Load

Resistance

60MΩ 5.6MΩ D.A.Q
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times at each wind speed to ensure repeatability. 

The graph indicating the power output at different 

wind speeds are indicated in figure 8. 

 

Fig. 8. Power output of horizontal-stalk configuration vs. 

wind speed 

The power output from the patch increased as the 

wind speed increased. This was at first visually 

connoted in the experiments; as the wind speed 

increased, the flutter frequency and amplitude of the 

PVDF patch also increased. Also, it was clear that 

the patch was subjected to only transverse bending, 

due to the nature of fluid pressure impinging on the 

leaf-stalk. The reason for a sharp rise in power 

output at 5m/s could be attributed to the load 

resistance. The load resistance was tuned at 5.5m/s 

and as the sample reached its corresponding 

frequency, the power output distinctively increased. 

This showed that in order to obtain maximum 

power output at a specific wind speed, the 

resistance had to be tuned to its corresponding 

frequency of flutter   (see equation 8). 

A maximum power output of 19.8µW was observed 

at a wind speed of 8m/s. This power output was 

considered too low for powering ULP devices. 

Therefore, a harvester design comprising of several 

such flapping piezo-leaf systems would be required 

for adequate ULP technology power supply. This 

reiterated the need for investigating a different 

configuration that could provide elevated power 

outputs compared to the horizontal configuration. 

Thus, a vertical-stalk configuration, similar to the 

work done in [9], was tested and the results shown 

in the next section. 

 

 

 

4.2 Vertical-stalk configuration  

The vertical-stalk experiments were performed 

similarly to the horizontal-stalk experiments. The 

load resistance was maintained at 5.6MΩ 

throughout the experiment. The power outputs at 

different wind speeds are shown in figure 9. 

Fig. 9. Power output of vertical-stalk configuration vs. 

wind speed. 

Noting the scale of the ordinate axes, the vertical-

stalk configuration output more power than the 

horizontal-stalk configuration, for all wind speeds 

tested. A maximum power of 88.3µW was observed 

at a wind speed of 8m/s. It is important to note that 

this power output could have been further increased 

by tuning the load resistance for this configuration 

at 8m/s, given its non-optimal load matching as 

mentioned above. From visual inspection, it was 

suspected that the PVDF stalk was subjected to 

coupled bending and torsion. However, due to the 

high flapping frequencies (8-25Hz), high speed 

capture of the leaf-stalk was required to confirm the 

hypothesis. Figure 10 shows a comparison of the 

power outputs from both the configurations tested 

at different wind speeds. 

4.3 High-speed video results 

High-speed videos were taken for the vertical-stalk 

configuration configuration at 1000 frames/second. 

The camera was programmed to capture two 

seconds of footage. This was repeated for every 

wind speed, and the camera captured footage only 

after limit-cycle oscillatory motion of the leaf-stalk 

occurred. 

 

ICCM19 4340



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

 
Fig. 10. Comparison of power output between vertical 

and horizontal stalk configurations. 

The maximum deformation of the PVDF stalk at a 

wind speed of 3m/s is shown in figure 11 (The wind 

direction is coming out of the page for all the high 

speed images). In figure 11, it is evident that the 

PVDF stalk was subjected to large transverse 

bending. This bending strain was augumented by a 

torsional strain at this point of maximum 

deformation. However, the amount of torsion 

induced in the stalk was considerably less compared 

to the bending. This behaviour was also observed at 

the other wind speeds. Thus, the increased power 

output in the vertical stalk configuration could be 

attributed to large, and probably, non-linear bending 

deformations augumented by relatively small 

torsional deformations.  

 

 
Fig. 11. Maximum deformation of the PVDF stalk at 

3m/s 

The larger bending deformations in the vertical 

leaf-stalk arrangement were caused by the different 

nature of the aerodynamic forces impinging on the 

leaf, compared with the horizontal configuration. In 

the static-stable state (i.e. no flutter), the axis of 

rotation of the hinge is vertical with respect to the 

ground plane, for both configurations (see figure 1). 

However, the disparity in the aerodynamic forces 

arises once the system begins to flutter. In the 

vertical-stalk case, the hinge axis of rotation also 

tilts with the system. Figure 12 is an image of the 

flapper at 5m/s, where the hinge axis is virtually 

horizontal with respect to the ground plane. In 

contrast, the hinge always remains vertical with 

respect to the ground plane for the horizontal 

configuration during flutter. The aerodynamic lift 

force may be quantified using equation 11: 

                    
 

 
               (11)                  

where L - aerodynamic lift force, CL - coefficient of 

lift, ρ - air density, v - the wind velocity and A - 

reference area exposed to fluid flow. Given that the 

leaf-stalk flutter is mainly driven by the leaf, the 

leaf geometry did not change between the 

horizontal and vertical configurations, and the wind 

speeds tested were identical in both cases, it is 

proposed that the lift coefficient would have 

changed throughout the vertical-stalk flutter cycle. 

That said, it has not been quantitatively determined 

whether the magnitude of the lift forces were larger 

in the case of the vertical-stalk case. It can be 

argued that the changing direction and orientation 

of the lift forces did indeed act constructively out of 

phase with the structural deformations occurring in 

the piezoelectric stalk, with the vertical-stalk case. 

An in-depth investigation into the unsteady lift 

forces governing the motion of the vertical-stalk 

case was not included in the work here. 

Due to the large structural deformations, the stalk-

leaf system would strike the base clamping strips 

during every flutter cycle. This behaviour was 

observed at wind speeds of 5m/s and higher. The 

piezo-leaf system would rotate almost 180° and 

impact the base clamping strips. The interference of 

the clamping strips on the motion of the flapper 

could have also been the cause for a marginal 

decrease in the gradient of the power curve after 

4m/s (figure 9). However, this issue was not 

resolved simply because the base of the stalk 

required secure clamping. An image of the flapper 

at 8m/s is shown in figure 13, where the base clamp 

Vertical stalk 

Horizontal stalk 
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is seen to be interfering with the flutter motion of 

the piezo-leaf system. 

 

 
Fig. 12. Screen shot at 5m/s. Entire surface of leaf facing 

the wind with an instantaneous horizontal hinge axis. 

 

 
Fig. 13. Screen shot at 8m/s. Clamping strip interfering 

flapper motion. 

Although the large deformations result in increased 

power output, one major drawback is the fatigue 

life of the PVDF stalks. After the experimental 

trials, it was found that the piezoelectric patches 

were cracked at the clamping location. This is 

proabaly due to the combination of excessively 

large bending displacements and fatigue. However, 

one way that this issue could be resolved is by 

increasing the stiffness of the stalk, by stacking the 

PVDF patches. The patches could be stacked with 

or without an air gap, which would reduce the large 

deformations prevalent using a single stalk. At the 

same time, relatively high power outputs could be 

obtained since the stalks could be electrically 

connected in parallel, thus the charge from each 

piezoelectric patch would be cumulative. It remains 

to be seen whether the lower deformations of a 

stacked configuration would trade off with the 

additional current provided in a stacked 

configuration. This would form a part of the future 

work in this configuration. 

 

5 Conclusion    

Based on the experiments conducted, it is evident 

that a composite piezo-leaf system has the potential 

to harvest energy from ambient fluid flow. 

Comparison of horizontal and vertical-stalk 

configurations showed that the vertical-stalk 

configuration provided relatively higher power 

outputs. Thus, multiple such vertical-stalk energy 

harvesting systems could be installed and connected 

to an energy storage device to power sensors, LED 

lights and other such ULP devices. 

High speed video images indicated that the 

variable-orientation lift forces acting on the leaf 

resulted in large deformations. Thus, the reason for 

increased power output in the vertical-stalk 

configuration could be attributed to these lift forces 

acting on the flapping system, along with small 

amounts of torsional deformations. However, these 

large deformations resulted in excessive strain at 

the clamping location, which led to the partial 

failure of the PVDF stalks over a relatively short 

period of time. Also, the clamping base system 

interfered with the flapping motion of the system. 

Thus, it is essential to overcome these issues to 

develop an effective energy harvesting system 

which could be deployed in the outside 

environment to harvest energy from ambient wind 

flow. 
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1 Introduction  

Damage in composite materials generally occurs as a 

combination of different and interacting failure 

mechanisms, e.g. delamination and matrix cracking. 

Capturing these interactions accurately is essential to 

confidently model and predict progressive damage 

and failure. Many approaches have recently been 

proposed that explicitly model different failure 

mechanisms and attempt to capture their interaction 

[1-3]. However, no single strategy has yet surfaced 

as totally satisfactory. The present approach 

combines the Floating Node Method (FNM) [4] with 

the Virtual Crack Closure Technique (VCCT) [5,6] 

to explicitly account for different failure 

mechanisms and their interaction. Delamination, 

matrix cracking, and migration events are all 

modeled with the same FNM element using fracture-

mechanics-based failure and migration criteria. The 

approach is validated using recent experimental 

results in which a setup capable of isolating a single 

complete migration event was developed [7]. 

Migration is defined as the transition of a 

delamination from its current ply interface to a new 

interface via transverse ply cracking. The results 

obtained offer a simple, yet very challenging, 

benchmark for the validation of numerical and 

analytical approaches aimed at high-fidelity 

modeling of composite materials, such as the one 

proposed in the present paper. 

 

 

 

 

2 Floating Node Method 

2.1 Introduction 

The FNM is a recently proposed numerical method, 

capable of representing multiple evolving 

discontinuities in solids [4]. Compared to other 

methods used for the same purpose, such as 

eXtended Finite Element Method (XFEM) or the 

Phantom Node Method (PNM), it provides the 

following key advantages. First, FNM does not 

introduce an error on the crack geometry when 

mapping to natural coordinates. Second, it does not 

require numerical integration over only part of a 

domain. Third, it is ideally suited for the 

representation and incorporation of multiple and 

complex networks of weak, strong and cohesive, 

discontinuities. Fourth, FNM yields the same 

solution as a finite element mesh where the 

discontinuity is represented explicitly, and finally it 

is conceptually simpler than the PNM or XFEM. 

2.2 Element formulation 

The static equilibrium of a body with volume   

under body forces with density   (acting on  ) and 

traction   acting on the boundary    can be 

expressed in the weak form as:  

∫   ( ) ( )   ∫       
  

∫         
  

(1) 

where   is the displacement vector;   is the test 

function;   is the strain tensor related to   through 

the differential operator relative to Cartesian 

coordinates    as     ( ) ;  and   is the stress 

tensor related to the strains through Hooke’s law as 

    , with   being the constitutive tensor. In the 
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Floating Node Method, each real node “  ” is 

characterized by its nodal coordinates    and 

associated Degrees of Freedom (DoF)   . In addition, 

an FNM element contains a suitable number of 

floating DoF without pre-defined associated nodal 

position vectors. These additional floating nodes are 

used to represent discontinuities. Their number 

varies with the number and type of discontinuities, 

weak or strong, modeled within each element. A 

strong discontinuity is defined as a jump in a field 

quantity (e.g. displacements), while a weak 

discontinuity is defined as a jump in the gradient of 

a field quantity (e.g. strains). Figure 1 shows an 

example of such an element with four nodes and 

four additional sets of floating DoF required to 

represent a strong discontinuity. 

2.2.1 Element formulation without weak/strong 

discontinuity 

If there is no discontinuity to be modeled by the 

element (e.g. before failure), the formulation is the 

same as in the standard Finite Element Method 

(FEM). The vector of nodal coordinates is given as 

  . In the case of Figure 1, x is given by: 

  
  [           ] (2) 

The Jacobian of the transformation from physical 

coordinates x to natural coordinates   is:  

  
  

  
 

  

  
   (3) 

where   is a matrix of shape functions. Assuming an 

isoparametric formulation, the displacement field u 

is related to the real DoF q through:  

     (4) 

In the case of Figure 1,    [           ]. The 

strains can also be expressed in terms of the real 

DoF   as:  

    ( )    ( )        (5) 

where     ( )   , leading to the stiffness matrix: 

  ∫    
 

    ( )   (6) 

where   is the integration domain (in natural 

coordinates) corresponding to   (in physical 

coordinates), and to the vector of nodal forces: 

  ∫    
 

   ( )   ∫    
  

   ( )   (7) 

where    is similarly the boundary corresponding to 

  . The weak form of equilibrium, Equation 1, 

becomes: 

     (8) 

2.2.2 Element formulation with weak /strong 

discontinuity 

Once a discontinuity in the element is defined, the 

element is split in two or more partitions (depending 

on the discontinuity). Without loss of generality, a 

case in which the element is split in two partitions, 

   and   , is illustrated in Figure 1. For each 

partition,    and   , a vector of nodal coordinates, 

   
 and    

, is defined. For the case in Figure 1: 

   

  [           ]  (9) 

   

  [           ] (10) 

Each partition has a separate Jacobian:  

   
  

  
 

  

  
   

 
(11) 

   
  

  
 

  

  
   

 
(12) 

The displacements    and   , in partitions    and 

  , respectively, are interpolated separately from the 

DoFs    and    associated with each partition: 

         and          (13) 
These DoFs,    and   , did not have an associated 

position beforehand, and therefore were considered 

to be “floating”. As the discontinuity is defined, they 

are linked to the respective position vector. In the 

case of Figure 1, which represents a strong 

discontinuity,   
  [           ]  and   

  
[             ]. Note that there are four different 

sets of floating DoF:    is different from     and    

is different from    . If a weak discontinuity were to 

be modeled, only two sets of floating DoF would be 

included in the element, and the DoF with a prime 

would coincide with those without a prime.  

The strains then become: 

     (  )    ( )  
          (14) 

     (  )    ( )  
          (15) 

The stiffness matrices for partitions    and    are: 

   ∫   
       (  )  

 

 (16) 

   ∫   
       (  )  

 

 (17) 

and the force vectors: 
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∫    
 

   (  )   ∫    
  

   (  )    
(18) 

   

∫    
 

   (  )   ∫    
  

   (  )    
(19) 

Finally, the equations of equilibrium can be written 

as: 

         and           (20) 

2.2.3 Element topology and assembly  

To illustrate this approach, a floating node element 

capable of modeling two weak interfaces with an 

arbitrary crack between them was implemented, as 

shown in Figure 2(a). The nodal position of the 

initial integration domain, and the real and floating 

DoF are indicated in the figure. Each floating DoF is 

associated with either an edge or the inner domain of 

the element. Once weak/strong discontinuities are 

detected, the floating DoF at the edges are used to 

determine the solution for the nodal positions given 

by the intersection of these discontinuities with the 

element edges (Figs. 2(b) to 2(e)). The additional 

inner floating DoF are used to determine the solution 

for the nodal positions originated by the intersection 

of multiple cracks within the element (Fig. 2(f)). In 

Figures 2(b) to (f) only the floating DoF used are 

represented. In each case, the floating DoF that are 

not used have no assigned position, only a 

topological relation to an edge or to the inner 

domain. During assembly, inner floating DoF can be 

removed from the analysis through static 

condensation. The floating DoF associated with the 

edges are assembled with the corresponding DoF of 

neighboring elements, and will therefore have a 

unique position in the global DoF vector. All 

floating DoF are then used as required to model 

weak/strong discontinuities as they evolve 

throughout the simulation. 

The approach can be extended to model an arbitrary 

number of weak and strong discontinuities within an 

element, and therefore an arbitrary number of plies 

and interacting cracks, provided the topology is 

adequately defined, and a sufficient number of 

floating DoF are used. 

 

 

 

 

3 Virtual Crack Closure Technique (VCCT) 

In the present work, the FNM method has been 

coupled to the Virtual Crack Closure Technique 

(VCCT) [5]. An extensive review of VCCT is 

provided in [6]. Traditionally, VCCT is used to 

obtain energy release rates in cases where the crack 

path is known beforehand and can be aligned with 

the elements’ edges, such as the case for 

delamination. 

In VCCT, the Mode I and II energy release rates are 

obtained from [6]:  

   
 

   
  ⟦  ⟧ (

  

  
)
  ⁄

 (21) 

    
 

   
  ⟦  ⟧ (

  

  
)
  ⁄

 (22) 

where    and    are the normal and tangential 

components of internal force vector   at the crack 

tip; ⟦  ⟧  and ⟦  ⟧  are the normal and tangential 

components of the displacement jump ⟦ ⟧ between 

the nodes immediately behind the crack tip; and    

and    are the lengths of the crack in the elements 

behind and ahead of the crack tip, respectively (Fig. 

3). When combining VCCT with FNM, the forces 

and displacements needed to obtain the energy 

release rates, Eqs (21) and (22), are computed at the 

floating DoF as the crack develops (Fig. 3). 

Additionally, floating DoF are also added along a 

virtual crack plane up to a distance  , named the 

‘enrichment radius’,     . The associated floating 

nodes provide additional degrees of freedom along 

this path, which enable the accurate modeling of the 

deformations near the crack tip [4]. At the end of the 

enrichment radius, the displacements of the floating 

DoF are interpolated from the displacements of the 

real DoF. In the present work, the enrichment radius 

was chosen to be equal to the largest in-plane 

dimension of the numerical model. 

 

4 Delamination propagation  

In this paper, delamination is modeled using VCCT 

to compute the energy release rates    and     at 

each delamination front position. These are then 

used in a failure criterion: 

 (      )  
  

  

     (23) 
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where          , and    is the critical energy 

release rate given by [8]:  

       (        ) (
   

  
)
 

 (24) 

For delamination growth according to this criterion, 

   is assumed to equal the critical energy release 

rate of the interface,   
   . The delamination front is 

advanced by one element along the projected crack 

path when      
   . 

 

5 Matrix crack propagation 

In the present study, matrix crack propagation is also 

modeled with VCCT. However, unlike 

delamination, the matrix crack is assumed to 

propagate following a Mode I path in the through-

thickness direction, as supported by experimental 

evidence [7]. Therefore, the failure criterion is 

assumed to be given by:  

 (  )  
  

  

     (25) 

where the critical energy release rate is given by 

      . 

At each crack growth increment, the Mode I crack 

path orientation is approximately determined using a 

maximum tangential stress criterion. This criterion, 

typically written in terms of the Mode I and II stress 

intensity factors [9], can also be written in terms of 

energy release rates    and    , where the angle   

that maximizes the tangential stress     is obtained 

by evaluating: 

        (
 

 
[(

  

   
)  √(

  

   
)
 

  ]) (26) 

and for the two solutions obtained choosing the one 

that maximizes    ̃ given by: 

   ̃  √  {    (
 

 
)     (

  

 
)}  

√      (  ) {     (
 

 
)      (

  

 
)}  

(27) 

where    is the tangential component of the internal 

force vector   at the crack tip. The tangential stress 

    relates to    ̃ by: 

    
 

 
√

  

   
   ̃ (29) 

where, 

   {

                                
 

    
                     

 (30) 

  is the Young’s modulus; and    the Poisson’s 

ratio. Once the angle is determined, the criterion 

given by Eq. (25) is assessed. If the criterion is met, 

the crack advances by one element along the 

projected crack path. 

 

6 Migration 

6.1 Delamination to matrix crack – migration 

criterion 

Extensive research has been done on migration of 

cracks from a bi-material interface. He and 

Hutchinson [10] have proposed a necessary 

condition for migration to occur: 

    
 

  
  

  
   

  
    (31) 

This condition states that for a crack to migrate from 

an interface into a given Material B, as shown in 

Figure 4, the ratio between the energy release rate 

associated with its growth into that material     
 , 

(at an angle      that maximizes its value) and the 

critical energy release rate of that material   
 , has to 

be higher than the ratio between the energy release 

rate associated with the growth of the crack along 

the interface   
   , and the critical energy release rate 

  
    of that interface. 

With the approach proposed, evaluating Eq. (31) 

would require more than one FE analysis at each 

interface crack position. In each of these analyses, a 

branched crack would need to be initiated at 

different tentative angles   in order to determine the 

angle,     , that would maximize   . 

In the present work, an alternative criterion is 

proposed. With this criterion, all variables needed to 

determine whether migration occurs, can be directly 

obtained from the FNM results at the each interface 

crack position. The criterion states that: (i) the sign 

of the tangential component of the internal force 

vector   , associated with Mode II shear 

displacement, dictates the direction and therefore the 

material into which the interface crack migrates and 

(ii) migration can only be completed if it is 

energetically favorable.  
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The criterion is given by   
  {  

      }  {      } 
as: 

  
  

{
  
 

  
 
(

   (
  

   

  
  

  
   

  
   )  

 
)   (  )    (  )    

(
   (

  
   

  
  

  
   

  
   )  

 
)   (  )    (  )   

  (32) 

If   
     the interface crack does not migrate, and 

if   
     or   

     the crack migrates into 

material A or B, respectively. In the present form, 

Eq. (32) assumes that internal force vector is 

computed at the lower surface (Material B). If the 

internal force vector is computed at the upper 

surface the signs of the inequalities in Eq. (32) need 

to be reversed. Depending on the sign of   , the ratio 

between the energy release rate determined at the 

interface, and the critical energy release rate of 

Material A or B, 
  

   

  
   or 

  
   

  
  , is compared to the ratio 

between the energy release rate determined at the 

interface and the critical energy release rate of the 

interface, 
  

   

  
   . If the ratio 

  
   

  
   or 

  
   

  
   is greater than 

  
   

  
   , the necessary condition for migration is met, 

and   
      or   

   . With this criterion, all 

variables needed to determine whether migration 

occurs,    and   
   , can be directly obtained from 

the FNM results. Note that although this criterion is 

necessary, it is not sufficient for migration to occur 

unless the ratio being assessed is greater than one.  

In the present work, the interfacial crack, or 

delamination, propagates between a    and a     
ply. Assuming Material A is the    ply, and Material 

B is the     ply, the critical energy release rate to 

propagate a crack into a    ply is much greater than 

the critical energy release rate of the interface, since 

fiber fracture is required for that process to occur, 

i.e.   
     

    
    [11]. Thus, 

  
   

  
  is always 

smaller than 
  

   

  
   . Therefore, even if the sign of    

favors migration into Material A, migration will not 

occur, since it is not energetically favorable. 

Typically for composite laminates, the critical 

energy release rate of an interface crack 

(delamination) and of a matrix crack are of the same 

order of magnitude, i.e.   
      

    [12]. Hence, 

  
    is assumed to be given by Eq. (24) and   

    to 

be equal to    . Therefore, assuming Material B is 

the     ply, provided the sign of    favors migration 

into Material B and it is energetically favorable, 

migration can occur. 

6.2 Delamination to matrix crack – migration 

criterion 

When a matrix crack reaches a weak interface, it is 

assumed to trigger delamination. This delamination 

is at first contained within the FNM element, as 

illustrated in Figure 2(f). In the following steps, the 

delamination will propagate, or migrate, as detailed 

in Sections 4 and 6.1, respectively. 

 

7 Simulation of delamination migration 

specimens 

7.1 Delamination migration test configuration 

In reference [7] a test aimed at investigating 

delamination migration was proposed. Its 

configuration is illustrated in Figure 5. The 

specimen possesses three main features that permit 

the controlled observation of delamination growth 

followed by migration to another ply interface.  

First, the specimen geometry is in the form of a 

beam with the intent of promoting uniform 

delamination growth and migration across the 

specimen width.  Second, the specimen contains a 

PTFE insert (acting as an artificial delamination) at 

an interface between a    ply (specimen span 

direction) and a stack of four     plies (specimen 

width direction) (Fig. 5). This provides an 

opportunity for the delamination to migrate to 

another ply interface by kinking through the     ply 

stack. Third, the specimen can be loaded in a manner 

to cause delamination growth from the PTFE insert 

that eventually migrates to another ply interface.  

This sequence of fracture events is made possible by 

the way in which specimen loading affects shear 

stresses acting across the delamination front. 

7.2 Finite Element Model 

The experiments presented in [7] were simulated 

using the finite element solver ABAQUS/Standard
®
 

(Implicit). Plane-stress and a small-displacement 

formulation were used. The floating node element 

(Fig. 2) was developed and implemented as a user 

defined element (UEL) in ABAQUS, and applied in 

the center region of the model, as shown in Figure 6. 
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The specimen layup used in the experiments and in 

the model, is also given in Figure 6. In the layup 

description T represents the PTFE insert. Each block 

of plies of the same orientation was modeled with a 

separate element CPS4 (through-thickness), except 

for the highlighted plies at the center of the model 

(Fig. 6). These were modeled within a single FNM 

element, as illustrated in Figure 2. The material 

properties used are given in Tables 1 and 2. A 

prescribed displacement was applied at different 

positions,  , at a single node, to simulate the 

displacement-controlled test. Four load positions 

were simulated corresponding to 

  {                    }  (Fig. 6). In the 

experiments, the specimens were subject to moisture 

intake from the ambient air leading to relaxation of 

residual thermal stress. Therefore, residual thermal 

stresses were not considered. 

7.3 Load-displacement response and sequence of 

events 

The computed load-displacement curves obtained 

for different values of   are given in Figure 7. Even 

accounting for the compliance of the test fixture, 

measured in [7], all load-displacement curves 

obtained from the simulations show a slightly stiffer 

response than what was observed experimentally. 

The maximum load is in general very well predicted 

for the cases      to         , and slightly 

over-predicted for the case          (Figs. 7(a) to 

7(d)). For     , the simulations predict unstable 

delamination after the peak load (Fig. 7(a)). This 

unstable delamination stops just before migration. 

After the migration event, delamination continues 

stably along the next        interface. A similar 

sequence of events was observed experimentally [7]. 

However, in the experiments, after the first unstable 

event, further loading was necessary before 

migration occurred. For the cases         to 

       , the simulations predict that (i) the first 

peak in load is followed by a region of stable 

delamination growth (Figs 7(b) to 7(d)) that 

increases with the load offset, and that (ii) stable 

delamination is followed by a region of unstable 

delamination, which corresponds to the load-drop in 

Figures 7(b) to 7(d). The migration event occurs 

within this load-drop. After the migration, unstable 

delamination continues propagating along the next 

       interface. Loading the specimen further 

eventually leads to a transition from unstable to 

stable delamination propagation. This sequence of 

events is very similar to what was reported 

experimentally [7]. The main difference is that in the 

experiments, for the cases         and        , 

after the peak load, delamination propagates through 

a series of unstable events, rather than stably, as 

predicted by the simulations. 

7.4 Migration location 

Figure 8(a) provides an illustration of the typical 

crack paths predicted by the simulations and 

obtained experimentally. Figure 8(b) compares 

numerical and experimental results for the distance 

from the load-application point at which migration 

onset occurs,   , as a function of the normalized 

load offset,    ⁄ . Overall, except for     , 

migration is predicted to occur closer to the load 

application point than what was observed 

experimentally. The simulations also predict a 

decreasing trend in    with    ⁄ , which is similar 

to what was observed experimentally for the cases 

        to         .  

7.5 Matrix crack path 

In Figure 9, the simulated matrix crack paths 

obtained for the different load positions was 

superimposed on an image of a typical crack path 

observed experimentally, where     . The 

predicted matrix crack path agrees well the crack 

path observed experimentally [7]. The simulations 

do not predict variation in the matrix crack path with 

a change in load offset. 

7.6 Discussion 

All load-displacement curves obtained numerically 

show a slightly stiffer response than the 

experimental results. In the simulations, the 

engineering properties used were obtained from 

uniaxial test data. These are known to be higher than 

their flexural counterparts [13]. Since the specimen 

is predominantly loaded in flexure, the difference 

between uniaxial and flexural properties is therefore 

likely to be the cause for the overall stiffer response 

obtained in the simulations. Overall, the simulated 

load-displacement curves, sequence of events, and 

failure morphology are in very good agreement with 

the experimental results. For the case      , 

experimental results show an increase in load at the 

end of the first unstable event, before migration. 
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This increase in load is likely to be caused by the 

development of fiber bridging during the unstable 

part of the delamination, which was not accounted 

for in the model. For the load cases         to 

       , the only significant difference between 

simulations and experiments is that delamination 

growth onset and propagation, prior to the final load-

drop see (Figs. 7(c) and 7(d)), does not occur stably 

as predicted in the simulations, but rather through a 

series of unstable events. In these experiments the 

unstable delamination growth onset was likely due 

to the presence of resin rich pockets at the tip of the 

PTFE insert, while the subsequent unstable events, 

prior to the final load-drop, may be due to features 

accompanying delamination growth, such as fiber 

bridging. Both of these were not accounted for in the 

simulations.  

The migration location was slightly under-predicted 

for all cases except     . Nevertheless, the 

migration location trend observed experimentally, 

for the cases         to        , was well 

captured. This further supports the validity of the 

approach, and in particular, of the migration 

criterion proposed. The latter is additionally 

confirmed by the good agreement between the 

predicted matrix crack path and that observed 

experimentally. This also suggests that the criterion 

used to determine the matrix crack orientation (as it 

propagates in the through-thickness direction) is 

adequate. 

 

8 Conclusions 

A novel approach that combines the FNM (Floating 

Node Method) with VCCT (Virtual Crack Closure 

Technique) has been demonstrated to adequately 

capture delamination migration in cross-ply 

laminates. Delamination, matrix cracking, and 

migration, are all modeled with the same FNM 

element using fracture mechanics based failure and 

migration criteria. Results show very good 

agreement with the maximum load, and migration 

location obtained experimentally. In addition, 

simulations capture the overall failure morphology 

and typical crack path, observed in the experiments. 
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Table 1. Elastic properties, IM7-8552 [14]. 

                                             

161.0 (   ) 11.38 (   ) 0.32 0.43
6 

5.17
(   ) 

3.98
(   ) 

 
          

            

 

Table 2. Critical energy release rates for delamination of IM7-8552 [15]. 

           

0.21 (    ⁄ ) 0.77(    ⁄ ) 2.1 
 

 
Figure 1. Overview of the Floating Node Method (FNM). 
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(a) topology of the floating node element (b) two weak interfaces, e.g. due 

to plies with different orientations 

(c) delamination 

    
(d) delamination with migration to matrix 

crack 

(e) matrix crack (f) matrix crack with 

migration to delamination 

Figure 2. Floating node element used showing different weak/strong discontinuities scenarios 

 

 

 
Figure 3. Virtual Crack Closure Technique and 

Floating Node Method for arbitrary crack 

propagation. 

 

 
Figure 4. Bi-material interface. 
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Figure 5. Schematic of delamination migration test configuration [7]. 

 

 

 
Figure 6. Finite element model, and boundary conditions of migration test specimen [7]. 
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 (a) load offset:     , (b) load offset:        , 

 

 

 

 

(c) load offset:        , (d) load offset:        , 

Figure 7. Experimental and predicted load-displacement plots. 
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(a) qualitative comparison between simulated and 

experimental crack paths 
(b) variation of    with normalized load offset    ⁄  

 

Figure 8. Crack path and migration location. 

 

 
Figure 9. Comparison of experimentally observed 

crack path for     , and simulated crack paths 

for different load-offsets,  . 
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1  Abstract 
A modified lap–shear test is presented which can 
quickly provide a direct measurement of the 
interfacial strength of a glass reinforced thermoset 
composite. The test is sensitive to both polymer 
curing conditions and chemical modification of the 
interface. Epoxy and polyester are each bonded to 
both clean glass and silane-coated glass to measure 
their interfacial shear strengths. The fractured 
interfaces are examined at an atomic level using 
time-of-flight secondary ion mass spectrometry to 
determine the location and rheology of fracture. 
Finally, the experimental results are validated 
against traditional interfacial strength measurement 
methods. This test is a simple way to assess the final 
mechanical properties of a polymer composite – 
something not previously feasible. 
 

2  Background 
The transportation industry requires structural 
materials that are as light as possible. Glass fibre 
reinforced polymers (GFRP) are among the best 
engineering materials with high specific strength and 
stiffness [1]. The use of GFRP materials in structural 
automotive applications requires numerical models 
capable of predicting not only elastic, but also 
inelastic behaviour to model crashworthiness [2-3]. 
 
The elastic behaviour of GFRP is well understood 
and easily calculated [1]. The inelastic behaviour of 
a fibre reinforced polymer is predictable with 
knowledge of the geometry, the mechanical response 
of the polymer, the reinforcement, and importantly, 
the interface between these constituents [4-7]. 
Current techniques to measure the interfacial 
strength of a composite system are indirect methods 
and require complex sample preparation [8-14]. 
 
A relatively simple and repeatable test has been 
developed to measure the interfacial properties 

directly [15]. The test was first validated using a 
glass/epoxy system, for which the data maintained 
close agreement with values reported in the available 
literature [16-21]. The test is now extended to a 
glass/polyester system, to demonstrate the utility in 
mass produced composite components for the 
automotive industry by the sheet moulding 
compound (SMC) process [22].  
 

3  Experimental Procedure 

3.1 Polymer characterization 
Two polymers were used to examine the interfacial 
properties over a range of interfacial conditions. A 
two-part epoxy: CLR 1180 resin and CLH 6560 
hardener was procured from Crosslink Technologies 
Inc. The polyester, T320-70, was sourced from AOC. 
A peroxide-based polymerization initiator, Luperox 
DDM-9, was added to the polyester to aid curing. 
The standard cure conditions were four hours at 60C 
and 80C for the epoxy and polyester respectively. 
Mechanical properties of both polymers were 
determined after EN ISO 527.  
 

3.2 Lap-shear Testing 
To test the interface of a glass fibre reinforced 
composite, a model system is constructed. Lap-shear 
joints, schematically shown in Figure 1, were 
fabricated following [15]. Glass slides are selected 
as the substrate and cleaned and baked before use. A 
teflon mask is inserted during fabrication to restrict 
the geometry and reduce stress concentrations at the 
joint edges. The addition of near-thru slits allowed 
the mask to be removed prior to testing without 
causing damage to the bonded area. 
 
Two types of interfaces were examined in this study: 
the neat polymer bonded to clean glass and the neat 
polymer bonded to glass coated in a silane coupling 
agent, similar to those used in industry. The silane 
coupling agent was selected for its applicability to  
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Fig.1. Schematic diagram of a lap-shear specimen 

with dimensioned Teflon mask 
 
these particular thermosetting polymer systems, 
3-(Trimethoxysilyl)propyl methacrylate, also called 
Z6030, from Dow Corning. The silane was diluted 
to 2% in a 95% ethanol/5% water solution before the 
cleaned glass slides were coated. The solution pH 
was controlled to the range of 4.5-5.5 with glacial 
acetic acid. The coated slides were cured at 100C for 
two hours before sample assembly. 
 
To mitigate sample variance, a test series consisted 
of 10 identically created samples. The mode of 
loading was investigated by adjusting the Teflon 
mask thickness. The effects of cure temperature 
were also tested, though only for the epoxy. For 
consistency, all samples were tested at room 
temperature (22C) within 24 hours of creation to 
minimize any effects of polymer aging. 
 
An Instron 8804 load frame with a 5 kN load cell 
was used to perform the lap-shear testing. The 
polymer-glass interface is subjected to shear by 
subjecting the specimens to a compressive load at a 
constant displacement rate of 0.5 mm/min. A 12.5 
mm gauge extensometer was attached to capture 
strain data, as seen in Figure 2. To prevent the glass 
substrate from fracturing in the steel grips and to 
help with alignment, rubber spacers were inserted 
between the grip face and the substrate. 
 

3.3 Surface Analysis 
To verify the location and distribution of the 
interfacial fracture, time-of-flight secondary ion 
mass spectrometry (ToF SIMS) was employed. 
Baseline spectra were taken of each of the neat 
surfaces (glass, silane coated glass, epoxy, and 
polyester) to determine fingerprint regions for 
subsequent surface comparison. To reduce batch 
variance, all samples used for the surface analysis 
were produced at the same time and were tested 

 
Fig.2. Schematic diagram of the lap-shear 

compression test setup. 
 
within 12 hours of fabrication to minimize exposure 
to contaminants. 
 
An ION-TOF (Gmbh) TOF-SIMS IV equipped with 
a Bismuth cluster liquid metal ion source was used. 
A 25 keV Bi3+ cluster primary ion beam pulsed at 
10 kHz was used to bombard the sample surface to 
generate secondary ions. The positive or negative 
secondary ions, one polarity selected at a time, were 
extracted from the sample surface. The ions were 
mass separated and detected via a reflection-type of 
time-of-flight analyzer, allowing parallel detection 
of ion fragments having a mass/charge ratio (m/z) up 
to ~900 within each cycle (100 μs). A pulsed, low 
energy electron flood was used to neutralize sample 
charging. Ion mass spectra were collected at 128 × 
128 pixels over an area of 500 μm × 500 μm for 60 s. 
The collected spectra were calibrated using the 
mass/charge peaks for hydrogen and carbon. 
 

4  Results 

4.1 Mechanical Testing 
Selected mechanical properties of the respective 
polymers are reported in Table 1. Though both 
polymers are thermosets, the polyester is brittle, with 
an average strain-to-failure of 2.7 %, while the 
epoxy is partially ductile with an average strain-to-
failure of 7.7%. The densities of each polymer were 
determined by the Archimedes method. 
 
Table 1. Reported mechanical properties for the 
epoxy and polyester with standard deviations. 

Property Epoxy Polyester 
Young’s Mod. (GPa) 2.00 (±0.03) 1.60 (±0.06) 
Yield Stress (MPa) 21.7 (±1) 16.0 (±1) 
Tensile Stress (MPa) 48.7 (±1) 28.5 (±1) 
Poisson’s Ratio 0.30 (±0.01) 0.28 (±0.01) 
Density (g/cm3) 1.16 (±0.01) 1.21 (±0.01) 
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(a) (b) (c) 

Fig. 3. Epoxy lap-shear sample (without coupling 
agent) a) prior to fracture; b) and c) post fracture 

under polarized light. Images have been rotated and 
aligned to ease comparison; the scale bar is 0.5 mm. 
 
From the lap-shear experiments, the average shear 
stress is calculated per Eqn. 1, below, from the 
initial area. Here the assumption is made that the 
substrate does not bend during testing so the shear 
stress is assumed uniform. The area is corrected by 
subtracting a small amount to account for entrapped 
air during the fabrication process. Seen in Figure 3a, 
small air bubbles are present in the fabricated lap-
shear sample, which reduce the initial bonded area. 
The clean surface from Figure 3b would indicate 
that fracture occurs cleanly at the glass-polymer 
interface. 

 oF A   (1) 

The shear strain is calculated as: 

  arctan ot   (2) 

where δ is the vertical displacement of the lap-shear 
sample, obtained from the extensometer, and to is the 
initial thickness of the polymer disk. The shear strain 
is assumed constant across the face of the polymer 
disk, which is valid so long as Esubstrate >> Epolymer. A 
small correction is made to account for the elastic 
loading of the substrate above and below the lap 
joint, assuming a rectangular area, with length equal 
to the extensometer gauge. The maximum correction 
is less than 2.5% of the strain value at fracture load. 
 
Typical results from the lap-shear experiments are 
presented in Figures 4 and 5 for the epoxy and 
polyester samples respectively. The mask thickness 
for both sets of data was 0.18 mm. The interfacial 
strength is taken as the peak value from the stress-
strain curve. The initial slope of the shear stress-
strain curves closely follows the expected shear 
modulus, though standard tensile testing yielded less 
data spread. 
 

 
Fig. 4. Typical shear stress-strain curves for epoxy 

bonded to silane coated glass. 
 

 
Fig. 5. Typical shear stress-strain curves for 

polyester bonded to silane coated glass. 
 
Controlling the disk thickness, via different mask 
thicknesses, also controlled the mode of loading. 
During testing, the offset nature of the lap joint 
causes a moment about the center of the sample. In 
turn, a resultant normal stress is created, distributed 
along the face of the polymer disk. As the disk 
thickness is increased, the resultant normal load 
increases, lowering the measured shear stress at 
failure. Data for both polymers is shown in Figure 6. 
Disks with an aspect ratio (thickness/ diameter) 
greater than unity are not recommended as 
additional failure modes may be incurred and 
keeping the substrate plates parallel during testing 
becomes challenging. 
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Fig. 6. Interfacial shear strength as a function of 

polymer disk thickness. 
 
Further, the polymer cure conditions are expected to 
substantially influence the composite interfacial 
strength. The results for the glass/epoxy system are 
shown in Figure 7 for several different cure 
temperatures. Though the interfacial strength 
increases with the cure temperature, the polymer 
becomes increasingly brittle and the work of fracture 
decreases at high temperature cure. The work of 
fracture is the integrated area under the stress-strain 
curve. 
 

4.2 Interfacial Chemistry 
To examine the interfacial behavior of the GFRP 
systems, surface analysis was conducted on the 
uncoated, coated, and post-fracture glass surfaces 
using time-of-flight secondary ion mass 
spectrometry. The resulting data analysis provides 
insight into the location and morphology of fracture. 
 
After collecting mass spectra for the four surfaces: 
clean glass, coated glass, epoxy, and polyester, 
unique mass/charge peaks were manually identified. 
Table 2 lists some of the unique ion mass/charge 
ratios for each of the surfaces. The charge was 
calibrated to unity, so the mass/charge ratio can be 
directly interpreted as ion mass.  
 
Table 2. Unique ‘fingerprint’ ion mass/charge ratios 
for the four analyzed surfaces. 
Surface Positive ions Negative ions 
Clean glass 28, 63, 91 28 
Coated glass 73, 147 85 
Epoxy 57, 58, 91, 135, 

165 
35, 93, 133, 
211 

Polyester 71, 82, 99, 112, 
140, 157, 215 

27, 57, 71, 115, 
155, 173, 271 

 
Fig. 7. Shear strength and work of fracture for the 
glass/epoxy system as related to cure temperature. 

 
Smaller ion masses can be easily identified by 
atomic mass, as there are limited possibilities. For 
example, the ion mass of 28 can be identified as 
Silicon. Higher ion masses require a prior 
knowledge of the molecular structure and additional 
testing to accurately identify the composition from 
the many possible atomic mass combinations. The 
purpose of this study was not to determine 
composition; thus, unique peaks will be identified 
solely by their ion mass number. 
 
Fractured surfaces were examined in light of the 
identified fingerprint mass peaks that each material 
exhibited. Figure 8 presents enlarged sections of the 
mass spectra for ion masses unique to clean glass 
and epoxy on each side of a fractured interface. The 
spectra have been normalized with respect to the 
total ion count, to accommodate direct comparison  
 

 
Fig. 8. Normalized negative-ion counts at a) glass 
and b) epoxy fingerprint peaks. Upper and lower 
frames correspond respectively to one side of a 

fractured epoxy/glass interface. 
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Fig. 9. Normalized negative-ion counts at a) glass 

and b) polyester fingerprint peaks. Upper and lower 
frames correspond respectively to one side of a 

fractured polyester/glass interface. 
 
On one side of the fractured interface, there exist no 
measureable ions from the glass, while the epoxy 
ions are fully present. The other side contains the 
glass ions and only a small presence of epoxy is 
detected. A similar result is obtained with the 
polyester/glass interface, seen in Figure 9, though 
there is more of a polyester presence on the glass-
side of the fractured interface. The physical 
representation of these fracture surfaces can be seen 
in Figure 3b and 3c, where one side of a fracture is 
visually void of polymer, while the other side retains 
the polymer disk. 
 

5  Discussion 

5.1 Interfacial Failure Location 
By rastering the ion beam across an inspected 
surface, the distribution of ions can be obtained. 
Recording the ion count at each location gives an 
understanding of the surface morphology of the 
fracture surface using the resulting image intensity. 
The presented images are not normalized so that 
intensity can be directly compared. Though the 
images are taken of fractured surfaces, the locations 
selected for ToF SIMS analysis do not necessarily 
align between the image sets. 
 
Figure 10 provides a visualization of the distribution 
of ions on the fracture surface of a clean glass/epoxy 
sample. The epoxy ions, masses 93 and 211, indicate 
even distribution of the epoxy on both surfaces, 
while the relative amounts on each surface are 
substantially different. The glass indicator, ion mass 
28, is nearly absent from Figure 10a, which is to be 
expected on the epoxy-side of the fractured interface. 
 

(a)

(b)

Fig. 10. Negative-ion distributions for the two halves 
of a fractured glass/epoxy interface. The ion mass 

and ion count are below each image. 
 

(a)

(b)

Fig. 11. Negative-ion distributions for the two halves 
of a fractured polyester/coated glass interface. The 

ion mass and ion count are below each image. 
 
The even distribution of epoxy ions in figure 10b 
indicates a uniform fracture, void of areas of 
retained polymer. The dark spot in figure 10a is a 
small bubble just below the epoxy surface causing a 
warp in the surface, which demonstrates the 
sensitivity of the measurement to geometric 
irregularity. The failure of the clean glass and 
polymer interface is seen to occur right at the 
interface, as opposed to in either the substrate or the 
polymer; true for both epoxy and polyester. This 
would substantiate the hypotheses that predominate 
fracture occurs at the chemical interface between the 
glass and polymer. 
 
The fracture of a silane coated glass and polyester 
interface is presented in Figure 11. The silane ion 
marker, mass 85, is present on both sides of the 
interface. In Figure 11b, the presence of glass is 
negligible, while the polyester is most noticeable 
(mass 71), which is again expected for the side of 
fracture with the retained polymer disk. 
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Together, the low presence of glass and distributions 
of the polyester and the coupling agent suggest that 
fracture occurs between the coupling agent and the 
polymer. The epoxy exhibited similar results: the 
coupling agent is both strongly bonded to the glass 
and evenly distributed across the glass surface.  
 

5.2 Interfacial Failure Quantization 
The lap-shear data from Figures 4 and 5 indicate a 
brittle interface from the sharp fracture. The highest 
point for each curve is taken as the value of the 
interfacial shear strength. The epoxy is seen to have 
substantial plastic deformation, with the presence of 
a plateau region in the shear stress-strain curves, and 
high shear strain at failure. The collected 
experimental results for the interfacial strengths are 
presented in Fig. 12.  
 
The polyester displays higher standard deviation as 
compared to the epoxy due to lower sample size. 
Epoxy with the Z6030 silane coated glass showed 
statistically similar strength to that of clean glass, 
while the Z6040 coated glass had increased strength. 
With both polymers, substantial gains to both 
interfacial strength and work of fracture are possible 
through the use of a coupling agent. The importance 
of properly pairing a polymer and coupling agent to 
achieve improved properties cannot be understated. 
 
Performing multiple test series for different disk 
thicknesses, the interfacial shear strength can be 
linearly extrapolated; refer to Figure 6. A separate 
test, as described in [15] was used to measure the 
interfacial normal strength for both polymers. 
Together, these values are reported in Table 3. 
 

 
Fig.12. Interfacial shear strengths for epoxy and 
polyester bonded to both clean and silane coated 

glass [15]. 

Table 3. Interfacial strengths for epoxy and polyester 
bonded to clean glass, with standard deviations. 
 Shear (MPa) Normal (MPa) 
Epoxy/glass 42.9 (±2.9) 24.5 (±1.1) 
Polyester/glass 37.0 (±2.5) 15.7 (±0.9) 

 
The utility of the reported shear and normal 
interfacial strength values is derived from their 
application in numerical simulations. The Hashin 
criterion provided in Eqn. 3, has been demonstrated 
as an appropriate interfacial failure criterion for 
thermosetting polymers [23]. Failure occurs when 
the combination shear and normal loading ratios are 
greater than or equal to unity.  

 

2 2

1
f f

 
 

  
      

  
 (3) 

The subscript ‘f’ represents the failure stress. The 
results from all the polymer/clean glass lap-shear 
experiments are plotted against the Hashin criterion 
in Fig. 13. Good agreement is observed between 
theoretical and experimental failure.  
 
Though not enumerated here, the simplicity and ease 
of constructing a suitable interfacial system allows 
for testing impacts from other areas of composite 
development. Fillers, fibre treatements, polymer 
additives and processing conditions are all 
application targets for such a test as described. Also 
possible to test are the direct impacts of chemical 
exposure, service environment, and fatigue on the 
interfacial strength. 
 

 
Fig. 13. Experimental interfacial failure for epoxy 

and polyester systems plotted with the Hashin failure 
criteria 
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Fig. 14. Comparison of interfacial shear strengths 

against similar composite systems found in the 
literature. 

 
As a final confidence check, the reported interfacial 
shear strengths are compared against similar 
material systems from the literature in Figure 14.  
 

6  Summary 
A simple test for interfacial strength based on a 
macroscopic model system has been developed and 
analyzed. Fracture surfaces were analyzed to 
determine the surface morphology and fracture 
location. Fracture of neat polymer on clean glass 
occurs at the chemical interface of the glass/polymer 
composite, while fracture of silane coated glass 
composites occurs between the polymer and the 
silane coupling agent. 
 
The test represents a direct method of obtaining the 
interfacial strength of a polymer composite system. 
The test has been shown to be consistent with 
established experimental techniques which infer 
interfacial properties. Furthermore, the test has been 
shown to be sensitive to variations in interfacial 
chemistry and resin curing conditions.  
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Abstract 

Thin ply composites are quickly gaining interests in 

the composite industry not only because of the larger 

design space that they offer but also because of 

positive size effects that have been shown to affect 

their performance in various loading conditions [1]. 

In this work, carbon-epoxy composites of different 

ply thicknesses (30g/m
2
, 100g/m

2
 and 300g/m

2
 fiber 

areal weight) were produced from the same batch of 

Toray M40JB fiber and NorthTPT TP80ep matrix to 

study the influence of ply thickness on the ultimate 

strength and onset of damage of lamina and quasi 

isotropic laminates. Characterization tests on 

unidirectional lamina showed only limited influence 

of the ply thickness on the elastic and ultimate 

strength properties except for longitudinal 

compression in which the thinner ply specimens 

showed some advantage because of a more uniform 

microstructure. Uniaxial tension, open-hole 

compression and open-hole tensile fatigue tests on 

quasi isotropic [45°/90°/-45°/0°]ns laminates showed 

however very significant improvements of on-set of 

damage, and in some cases ultimate strength, when 

decreasing the ply thickness..These performance 

improvements could be related to a major change in 

the damage progression and failure modes of the 

laminates caused by a systematic delay or near 

suppression of transverse cracking and delamination 

growth in thin-ply composites. Detailed meso-scale 

finite element models of quasi isotropic unnotched 

tensile tests were developed and demonstrated that 

the increased stability of transverse intralaminar 

cracks was the main cause of the improved onset of 

damage of thin ply composites. 

1 Introduction  

In the recent years, important progresses have been 

made in developing composite laminates using 

thinner plies. Nowadays, thin ply composite 

materials are commercially available down to about 

20 micrometer per ply depending on the type of 

fiber. The motivation for this trend towards thinner 

plies is not only to allow producing thinner and 

lighter laminates and structures but also to provide 

enhanced strength and damage resistance thanks to 

positive size effects and increased design space.  

The first benefit of using thinner plies in a given 

structure, i.e at a constant laminate thickness, is the 

ability to use a larger number of ply orientations to 

achieve a better solution as the laminate design 

space is naturally extended. This fact is particularly 

important for already thin laminates in which only 

two or three fiber orientations can be selected to 

satisfy classical design constraints such as laminate 

symmetry, minimum fraction of fibers at 90° and 

available prepreg thickness. For example, using 

30g/m
2
 thin-ply prepregs instead of a 300g/m

2
 

standard prepregs in a 0.9 mm composite skin allows 

the designer to propose optimized laminates such as 

[0°/45°/90°/-45°/0°]3s (or more complex) instead of 

a basic [0°/90°/0°] cross-ply for example. 

The second benefit is that thin-ply composite may 

present some advantages due to positive size effects 

with respect to decreasing ply thickness. The first 

comprehensive research work on mechanical 

performance of thin-ply composite materials has 

been carried out by Tsai et al. [1]. In their research, 

thin-ply (0.04 mm ply) and thick-ply carbon-epoxy 

composites (0.2 mm ply) have been subjected to 

quasi-isotropic unnotched tensile tests in static and 

fatigue loading, quasi-isotropic open-hole tensile 

tests in static and fatigue loading and finally to post-

impact damage compression test. Unnotched tensile 

tests of quasi isotropic laminates have shown that 

the thin-ply laminates exhibits a significantly higher 

ultimate strength (+10%) than the thicker ply ones. 

The thick-ply specimens showed a significant 
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damage before ultimate failure while the thin-ply 

ones remained linear elastic until the fracture load. 

Thanks to the reduction of the damage developed 

close to the free-edge of the specimen, a better 

fatigue behavior and post-fatigue resistance of thin-

ply composite was also observed. After 50’000 

fatigue cycles, the thin-ply composite did not show 

any significant strength reduction while the thick ply 

composite already failed at a 30% lower stress. 

Open-hole tensile tests of quasi-isotropic specimens 

have shown the same trend: the thin-ply laminate 

really limits the development of damage around the 

hole and prevents the propagation of large 

delamination cracks. On the contrary, the “thick” 

laminate failed by progressive delamination and 

transverse microcracking of the matrix and lost 

linearity at a relatively lower stress. However the 

ultimate stress of the thicker laminate in open-hole 

test appears slightly higher than the thin one. 

Reduced damage progression around the hole was 

also observed by X-Ray imaging during fatigue 

open-hole tensile tests.  

Moreover, a significantly reduced delamination area 

was observed after impacting a thin-ply quasi-

isotropic laminate. This delamination damage 

reduction helped the thin-ply specimens to maintain 

a better stability than “thick” ones in post-damage 

compression tests. Overall, because of reduced free-

edge effects and thus delayed delamination, thin-ply 

composite exhibited generally a much more durable 

performance and appeared less sensitive to initial 

damage than thicker ply laminates. 

To explain the observed changes in the mechanical 

performance of thin-ply composites, several sources 

of size effects could be considered [2-4]: 

1. Volume & probability of critical defects: 

similarly to size effects in fibres, the strength of a 

composite part may be related to the probability of 

finding a critical defect (weakest link assumption). 

As the volume of material was kept constant in the 

experiment of Tsai et al., this volumetric size effect 

is not expected to play a role and does not explain 

the presence of positive size effects.  

2. Crack propagation controlled mechanisms: 

according to Linear Elastic Fracture Mechanics 

(LEFM), the ultimate strength of a composite 

structure in which the dominant mode of failure is 

crack propagation is expected to be inversely 

proportional to the square root of the characteristic 

size of the crack, which, in the case of an intra 

laminar crack constrained by the surrounding plies, 

is equal to the ply thickness [3-4]. To represent this 

effect, the concept of in-situ strength of a ply has 

been proposed by Camanho et al. [5] based on the 

stability of transverse cracks of a ply constrained by 

neighboring plies of different orientations.  

3. Laminate scaling: the scaling up in laminate 

thickness can be achieved by either changing the 

number of identical plies in the laminate thickness 

(laminate block scaling, for example [0°n/45°n/-

45°n/90°n]s) or by repeating the lay-up sequence 

several times using a single ply for each orientation 

(sub-laminate scaling, for example [0°/45°/-

45°/90°]ns). These two types of laminate thickness 

scaling strategies have been shown [3] to give very 

different results because of triggering of different 

failure mechanisms. Using sub-laminate scaling was 

shown to provide a higher strength in some specific 

load cases such as unnotched tension as it tends to 

reduce the stress concentration at the free edges and 

thus delays the delamination of the plies. However, 

an early and more brittle failure mechanism has been 

reported in open-hole tension [6-8] when using sub-

laminate scaling when compared to ply-block 

scaling. 

4. Microstructure and processing: the 

manufacturing of a composite part is not a fully 

scale independent process. Residual strains, fibre 

alignment and waviness, porosity and the amount of 

fibre clustering and resin rich zones tend to increase 

in larger and thicker structures, thus introducing 

another kind of size effect which is closely related to 

the production process [2,9,10]. 
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Table 2: Lamina level properties 

 

Thin Intermediate Thick

30g/m2 100g/m2 300g/m2

Property Unit value value value

Tensile modulus @ 0° [GPa] 222 223 229

Ultimate tensile strength @ 0° [MPa] 2250 2350 2360

Tensile onset of damage @ 0° [MPa] 1644 2019 1391

Poisson's ratio n12 - 0.314 0.274 0.266

Tensile modulus @90° [GPa] 7.01

Ultimate tensile strength @90° [MPa] 23

Compressive modulus @ 0° [GPa] 213 201 208

Chord tensile modulus @ 0° [GPa] 231 203 225

Ultimate compressive strength @ 0° [MPa] 1052 869 848

Compressive modulus @90° [GPa] 80.4

Ultimate compressive strength @90° [MPa] 117

Interlaminar shear strength [MPa] 79.1 79.91 76.73

In-plane shear modulus [GPa] 4.661

Maximum in-plane shear stress [MPa] 88.263

In-plane shear stress at 0.2% offset [MPa] 50.231

Mode I interlaminar fracture toughness  at 

initiation
[J/m2] 139

Mode II interlaminar fracture toughness  at 

initiation
[J/m2] 445

According to the available literature on size effects, 

thin-ply composite are expected to offer better 

performance than standard composite materials. 

However, only limited literature is available today 

on the performance of thin-ply composite materials 

and validated models to predict the thin-ply size 

effects are still lacking. Moreover, the pioneering 

articles on the performance of thin-ply composites 

mostly dealt with unidirectional thin-ply prepreg 

based laminates [1, 11-13] but more recent works 

have shown similar benefits for non-crimp fabrics 

[14]. 

The objective of the present work is to quantify 

experimentally the performance of a commercially 

available thin-ply composite material at the ply 

level, laminate level and component level and 

highlight the effects of ply thickness on the 

measured mechanical properties. A specific attention 

is paid to the characterization of the damage onset 

and to the study of the sequence of damage 

mechanisms. A detailed meso scale finite element 

modeling approach is proposed to explain and 

predict the effects of ply thickness on the onset of 

damage and strength of quasi-isotropic laminates in 

uniaxial tension. 

2 Materials and Methods 

In the present study, unidirectional prepreg tapes 

with three different fiber areal weight (300
1
, 100 and 

30 g/m2) were produced at North-TPT Switzerland 

using M40JB fibers and ThinPreg
TM

 80EP/CF epoxy 

resin, using the same fiber and resin production 

batches on the same production line in order to 

minimize potential scatter.  

Following ASTM standards, unidirectional, quasi-

isotropic [45°/90°/-45°/0°]ns specimens were 

produced in autoclave using the recommended 

                                                 
1
 Two 150 g/m2 tapes stacked together 

curing cycle (80°C, 8h, 5atm peak pressure). To 

achieve a reproducible fiber volume fraction of 55% 

and uniformity of the specimen thickness, a mold 

consisting of two rigid and perfectly planar 

aluminium plates separated by precisely machined 

spacers were used for the production. The 

consolidated ply thicknesses for 55%vol fiber were 

determined in a preliminary study using optical 

microscopy and image processing techniques for the 

evaluation of the fiber volume fraction. Throughout 

the study, the fiber volume fraction of each plate 

produced was calculated from its total fiber weight 

and thickness and the test results were then 

normalized to 55% volume fraction. 

As the main objective of this work was to study ply 

thickness effect, the chosen scaling method was to 

keep all specimen dimensions constant and only 

change the ply thickness in order to avoid 

volumetric size effects. Sub-laminate scaling 

(repetition of a lamination sequence) was considered 

for all test cases and other approaches like half-angle 

quasi-isotropic laminates, ply block scaling and 

 

Table 1: Specimen dimensions and stacking sequences 

Test Stacking Thin Intermediate Thick L [mm] b [mm] t [mm]

Unnotched tensile UD 0° UD [0°n] n=40 n=12 n=4 250 15 1.2

0° compression (Sandwich beam) [0°n]/core/[0°n] n=20 n=6 n=2 440 20 1.2

ILSS UD [0°n] n=130 n=39 n=13 23.4 7.8 3.9

Unnotched tensile QI, [+45°/90°/-45°/0°]ns
n=10 n=3 n=1 240 24 2.4

Quasi isoptropic QI, [+45°10/90°10/-45°10/0°10]ns n=1 240 24 2.4

QI, [+45°/+67.5°/90°/-67.5°/-45°/-22.5°/0°/+22.5°]ns n=5 240 24 2.4

OHT Quasi isotropic QI, [+45°/90°/-45°/0°]ns, n=10, THIN n=10 n=1 240 36 2.4

OHC Quasi isotropic QI, [+45°/90°/-45°/0°]ns, n=20, THIN n=20 n=6 n=2 125 25 4.8
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optimized orthotropic laminate sequences were 

tested for comparison in a few conditions. 

Additional unnotched tension tests on quasi-

isotropic laminates with different number of sub-

laminate repetitions ([45°/90°/-45°/0°]ns with n=10 

and n=3 for 30 g/m2), and thus different thicknesses, 

were also performed to differentiate the effects of 

sub-laminate scaling and ply thickness effects. 

Following MIL17 approach, the test matrix 

consisted firstly in a series of ply level 

characterization tests, namely longitudinal and 

transverse tensile and compression tests (ASTM 

D3039 and D5467) as well as in-plane and 

interlaminar shear tests (ASTM D3518 and D2344-

84). Secondly, laminate level and component level 

properties were measured through unnotched tensile 

tests (ASTM D3039), open-hole compression test 

(ISO 14126/ASTM D6484) and open-hole tensile 

fatigue tests (ASTM D5766 and D7615) on quasi-

isotropic laminates. In all cases, the test batch size 

was chosen to be between to 5 and 10 specimens. 

In most tests, the specimens were equipped with 

resistive strain gages and the measurements were 

complemented with acoustic emission monitoring to 

determine the onset of damage based on the 

measured cumulative acoustic energy signal. A 65db 

acquisition threshold was set on Mistras-2001 

acoustic emission monitoring system to filter 

parasitic acoustic noise during the experiment and 

only the acoustic events detected within the 

specimen gage length were kept for analysis. 

Selected specimens were also investigated using 

digital image correlation and ultrasonic c-scan. The 

microstructure and void fraction of representative 

batches were also inspected by optical micrography 

analysis and showed negligible porosity in all cases. 

Finally mode I & II interlaminar delamination tests 

were also carried out using standard double 

cantilevered beam (DCB, ASTM D5528-01) and 4 

point end-notched flexure tests to provide consistent 

data for damage modeling.All specimen dimensions 

for tests on laminates are presented in Table 1. 

3. Experimental results 

Ply level properties 

The measured unidirectional ply level properties are 

summarized in Table 2. It should be noted that in 

those tests the same specimen thickness was used for 

the different ply thicknesses and thus these results 

do not represent test results on a single isolated ply. 

Overall no significant differences were found 

between the different lamina level properties of thin 

(30g/m
2
), intermediate (100g/m

2
) and thick plies 

(300g/m
2
) composites. All measured elastic and 

strength properties were found to be in the expected 

range for M40JB fibers at 55% volume fraction and 

are perfectly comparable with other similar 

composite materials. 

However, one notable exception was found for the 

compressive strength of unidirectional laminates, in 

which a clear trend was observed (Fig. 1). In this 

test, the thin-ply, intermediate and thick materials 

exhibited an average ultimate compressive strength 

of 1052 MPa, 869 MPa and 848 MPa respectively. 

Despite the large scatter seen in this test, the trend 

towards an increased compressive strength when 

decreasing ply thickness appears clearly.  

 

Fig. 1: unidirectional compression strength vs ply 

thickness showing a positive increasing trend for thinner 

ply laminates 

To understand the cause of this change, optical 

micrographs of thin-, intermediate- and thick-ply 

unidirectionnal specimens were analyzed and are 

presented in Fig. 2. The microstructure of the thick 

laminate was found to be fairly inhomogeneous with 

regions of higher and lower fiber volume fractions 

(in the range of 42% to 64 %vol fiber) which could 

be attributed to fiber rearrangement and resin flow 

during the low-viscosity phase of the curing cycle. 

However, as show in Fig. 2, when the ply size was 

decreased to 100g/m
2
, a better uniformity of the 

microstructure was achieved but the individual 

layers could still be identified. Finally for the 

thinnest plies, the microstructure was found to be 

even more homogeneous up to the point that it 
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became difficult to identify the interfaces between 

the plies as the ply thickness corresponded to just a 

few fiber diameters. These significant differences in 

microstructure may explain the relatively poor 

results of the thick ply specimen with respect to the 

thinnest ones as the resin rich regions are inherently 

more prone to fiber micro buckling and thus could 

be sites for early development of compressive 

instability of the UD laminate. 

 

 
Fig. 2: microstructure of unidirectional laminates for 

different ply thickness showing a significant difference in 

the degree of heterogeneity of local fiber volume 

fractions, i.e visible fiber bundles and resin rich regions 

in thick ply vs uniform microstructure for thin ply. 

 

Unnotched laminate properties 

On the laminate level, the tensile tests performed on 

quasi-isotropic plates showed a great sensitivity to 

ply thickness and/or number of sub-laminate 

repetitions n as shown in Table 3 and graphically in 

Fig. 3. Indeed, a clear increase of the unnotched 

tensile strength was observed from 595 MPa for 

thick-ply (n=1), to 832 MPa (+39%) and 847 

(+42%) respectively for intermediate (n=3) and thin-

ply (n=10) materials. As shown in Fig. 4, the thick-

ply specimens failed in a very progressive manner 

starting by transverse and shear cracking of the 90° 

and +/-45° plies accompanied by massive 

delamination and finally 0° ply failure. The 

intermediate-ply specimen showed also a multiple 

mode of failure but with a more limited 

delamination area and a more abrupt final failure by 

propagation of macroscopic cracks perpendicular to 

the load direction. The thin-ply specimens all failed 

in a quasi-brittle manner exhibiting no sign of 

damage before final failure by propagation of a 

single macroscopic crack perpendicular to the load 

direction. This complete change of the damage 

mechanism development sequence with ply size / 

sub-laminate repetitions clearly explains the 

measured strength increase when decreasing the ply 

thickness. 

 

 

Fig. 3: Ultimate strength and onset of damage with 

respect to ply thickness in unnotched quasi-isotropic 

tensile tests 

 

The stress at onset of damage was also identified by 

acoustic emission monitoring and was defined as the 

stress at which the cumulative acoustic energy signal 

starts becoming significant (threshold 10
-15

 nJ), 

which corresponds to the occurrence of the very first 

damage mechanisms (i.e no change of stiffness at 

this point). The measured damage initiation point 

was found to be only 248 MPa for thick-ply 

laminates while intermediate- and thin-ply reached 

respectively 702 MPa and 822 MPa when using sub 

laminate scaling. So, in addition to a strong ultimate 

strength increase, the thin-ply laminates exhibited an 

even larger increase of stress at damage initiation 

(+220%) when compared to thick-ply laminates. It is 

also remarkable that with the thinnest plies, the 

measured onset of damage was found just 3% below 

the ultimate strength meaning that nearly no damage 

occurred before final failure and thus that a laminate 

with 30g/m
2
 ply thickness is close to the asymptotic 

behavior.  

Thick 300 g/m2 Intermediate 100g/m2 Thin 30g/m2

n=10 n=3

n=1

n=3
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Interestingly, the intermediate ply thickness laminate 

showed already a comparable strength compared to 

the thin-ply one but is not yet as good in terms of 

damage onset. Thus it seems from these results that 

the minimum ply thickness required to reach an 

optimal damage onset is smaller than that required to 

reach the optimal strength. 

Moreover, it should be noted that only little 

difference in onset of damage and ultimate strength 

was observed between ply block scaling laminates 

based on thin-ply prepregs and thick ply laminates, 

which demonstrates that the effect observed was not 

related to changes in intrinsic ply properties. 

Overall, it appears from those results that when 

using the thinnest plies with sub-laminate scaling, 

the damage response of the composite becomes 

similar to that of a homogeneous and brittle solid 

which does no more exhibit the early first ply 

failures and delamination propagation seen 

traditionally in composites. 

To distinguish the effects of ply thickness and sub 

laminate scaling, additional unnotched tensile tests 

were performed on thin-ply 30g/m
2
 quasi-isotropic 

specimens with n=3 sublaminate repetitions instead 

of n=10 (red symbols on Fig. 3). No significant 

differences were found between n=3 and n=10 

laminates for the thinnest ply specimens (30 g/m2) 

and both series of specimens showed a nearly 

coincident onset of damage and ultimate failure 

strength. However, comparing the n=3 laminates for 

100g/m2 and 30g/m2 plies, a clear trend could be 

observed. Indeed, the thinnest ply laminates 

exhibited a 12% higher stress at onset of damage 

(790MPa vs 700 MPa) than the intermediate ply 

thickness but a statistically equivalent ultimate 

strength. Overall, these results suggest that the onset 

of damage is mostly related to the ply thickness as it 

is proposed in the in-situ strength model of 

Camanho [5] for example. On the contrary, 

according to the present results, it remains still 

unclear whether the ultimate tensile strength of the 

laminate depends more on the number of sub 

laminate repetitions n or on the ply thickness. 

 

 
Fig. 4: Failure modes observed in quasi-isotropic 

uniaxial tensile tests: transverse cracking and 

delamination failure for thick (n=1), multimode failure 

for intermediate (n=3) and fiber dominated failure for 

thin ply laminates (n=10) 

 

Notched laminate properties 

Notched “open hole” tests were performed on quasi-

isotropic specimens in quasi-static tension and 

compression as well as tensile fatigue. The quasi-

static notched compression tests have shown a 

strength improvement by 18% for the thin-ply 

laminates (n=20, 255 MPa) versus the thick ply ones 

(n=2, 216 MPa). This small increase is comparable 

to what was reported previously in [7,8] for sub-

laminate scaling. Moreover, it should be noted that 

the observed failure modes for the thick ply was a 

combination of intra laminar cracking in the 45° 

plies , fiber kinking and delamination while in thin 

ThinInterm.Thick

 

Table 3: Specimen dimensions and stacking sequences 

Intermediate (100g/m2) Thick (300g/m2)

sublaminar stacking ply level stacking sublaminar stacking

Test Property Unit [45°/90°/-45°/0°]10s [45°10/90°10/-45°10/0°10]s [45°/90°/-45°/0°]3s [45°/90°/-45°/0°]1s

Ultimate tensile strength [MPa] 847 532 832 595

Tensile onset of damage [MPa] 821 305 701 248

Far field ultimate strength [MPa] 380 545

Far field stress at the onset 

of damage
[MPa] 352 255

# cycles to ruin (-10% app. 

stiffness) at 316 MPa
> 1e6 < 2e4

Ultimate open-hole 

compressive strength
[MPa] 255.3 189.1 229.7 215.9

Open hole onset of damage [MPa] 226 155 200 192

OHT

OHC

UNT

Thin (30g/m2)
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ply specimens failure occurred within a localized 

band of lateral fiber kinking.  

On the other hand, in quasi static open hole tensile 

tests the thin-ply specimens (30g/m
2
, n=10) reached 

a 34% lower ultimate strength (380 MPa) than the 

thick-ply laminates (300g/m
2
, n=1, 545MPa). 

Comparison of the failure modes clearly showed a 

transition from multi-mode failure in thick-ply 

laminate towards a brittle macroscopic transverse 

crack initiated at the apex of the hole in the thin-ply 

composite. This failure mode transition corresponds 

well to the observations and explanation given in 

[6]. Indeed, these results could be explained by the 

absence of early damage growth in the thin-ply 

composite which did not allow for local stress 

relaxation around the apex of the hole and thus leads 

to a premature brittle failure when compared to the 

thicker-ply composite. This is thus a particular case 

where damage progression actually improves the 

ultimate strength of the component. The onset of 

damage measured in open-hole tensile tests were 

352 MPa and 255 MPa for thin-ply respectively 

thick-ply laminates, thus demonstrating an opposite 

tendency to what was observed for ultimate strength 

(+31% increase for thin-ply). Indeed, comparing the 

measured onset of damage (352 MPa) to ultimate 

strength (380 MPa), it appears clearly that thin-ply 

composites failed without significant damage 

progression in open-hole tension. On the other hand, 

in thick specimens, damage started very early on, at 

approximately 50% of the ultimate strength.  

Fatigue tests were also carried out on open-hole 

tension specimens and were performed in load 

control for up to 1 million cycles. The fatigue 

loading ratio was chosen purely tensile and set to 

R=0.1. During the test, load and displacement peaks 

were recorded for each cycle and the stiffness of the 

samples were monitored over time. The end of life 

was considered reached when the specimen stiffness 

attained 90% of its initial value. Peak stress values 

of 277 MPa, 316 MPa and 342 MPa were considered 

for the thin-ply specimens which corresponded to 

90%, 83% and 73% of their ultimate strength in 

static open-hole tension tests. Thick-ply laminates 

were tested in fatigue at 277MPa, 316 MPa and 361 

MPa peak stress, which corresponded respectively to 

50% , 58% and 66% of ultimate strength. In these 

tests (Fig. 5), thick-ply composites (300g/m
2
, n=1) 

exhibited a progressive damage accumulation by 

delamination and transverse / shear cracking of 90° 

and +/-45° plies leading to ruin after about 10k 

cycles at 361MPa, before 20k cycles at 316 MPa and 

108k cycles at 277 MPa. As expected, on a typical 

fatigue S-N plot (Fig. 5), a clear fatigue life 

reduction trend can be seen for thick-ply composites. 

Thin-ply composites (30g/m
2
, n=10) on the other 

hand showed a very particular behavior: even though 

thin ply laminates failed after about 8k cycles at 342 

MPa (90% of ultimate strength), almost no stiffness 

degradation could be observed at peak stresses lower 

or equal to 316 MPa (i.e 83% of ultimate strength) 

after up to 1 million cycles. On an S-N diagram (Fig. 

 
Fig. 5: Open hole tensile fatigue test results and corresponding ultrasonic c-scan damage inspection images 
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5), the fatigue behavior of thin-ply laminates 

exhibits a clear fatigue limit, at about 320 MPa, 

below which little to no damage develops and thus 

nearly “infinite” life can be reached. Interestingly, 

the onset of damage in quasi static open hole tension 

was measured at 352 MPa, which was very close to 

the apparent “infinite” fatigue limit for thin-ply 

laminate. Contrarily, the faster fatigue damage 

growth in thick-ply specimens could be explained by 

the fact that the chosen stress levels were 

significantly higher than their onset of damage. 

Comparing the fatigue lives measured at 316 MPa 

for thick-ply (<20k cycles) and thin-ply laminates 

(>1M cycles), it appears clearly that thin-ply 

laminates (also with high n) provide a significant 

advantage in terms of durability. 

According to the present results, for a composite 

structure in which durability or first damage is 

driving the design, it appears clearly that thin-ply 

composites with high sub-laminate repetitions 

provide clear performance improvements, even in 

the presence of open holes under tension loading. 

4. Finite element analysis 

To understand the mechanisms leading to the 

observed changes in damage progression when 

decreasing ply thickness, detailed meso-scale three-

dimensional finite element models were developed. 

As the main cause of thin-ply size effect appear to 

be related to the coupled stability of intra-laminar 

transverse cracks and inter-laminar delamination 

cracks at the free edges of the composite [1,3,5,6], 

the models had to represent multiple competing 

damage mechanisms in order to capture the complex 

damage progression seen in quasi-isotropic 

laminates. In this series of model, it was assumed 

that all constitutive properties of the UD lamina and 

all interfaces were size independent and thus 

potential size effects could only be related to the 

geometry of the ply thickness and geometry of the 

laminate. A 3D continuum finite element model of 

the unnotched quasi-isotropic tensile tests of both 

thick-ply (300g/m2, [45°/90°/-45°/0°]1s) and 

intermediate ply thickness specimens (100g/m2, 

[45°/90°/-45°/0°]3s) were developed using Simulia 

Abaqus Explicit v6.10 in which each ply was 

discretized using 3D 8 node hexahedral elements 

with reduced integration (C3D8R). The ply behavior 

was modeled using a transverse isotropic elastic 

model with Hashin failure criterion in which only 

the fiber failure part was active to capture the 0° ply 

failure (implement as a VUMAT). In each ply, 

cohesive elements were inserted at predefined 

locations to represent localized intra-laminar 

transverse cracks propagating parallel to the fibers 

(shear or transverse cracking). The cohesive 

behavior was modeled by assuming a linear stiffness 

degradation and critical energy release rates (ERR) 

in mode I and II equal to those measured in inter-

laminar delamination tests (DCB and 4ENF) as well 

as a power law of exponent 2 for mixed mode ERR. 

The critical tensile and shear stress of the cohesive 

law were considered equal to the transverse tensile 

strength and in-plane shear strength of the UD plies. 

The uncoupled normal and shear stiffness 

coefficients of the cohesive elements were 

calculated such as to be equivalent to the continuum 

transverse normal and shear stiffness. Finally, inter-

laminar cohesive interfaces were modeled in a 

similar manner using the experimentally determined 

fracture energies in mode I and II. All constitutive 

properties used in the modeling were based on the 

measured values found in Table 2. 

 

 
Fig. 6: 3D finite element modeling strategy 

 

In order to capture the quasi-static behavior of the 

specimens using an explicit dynamic simulation, an 

automatic mass scaling strategy was used. The target 

stable time increment was determined via a 

convergence study based on the overall energy 

balance in order to ensure that kinetic energy 

remained less than 0.2% of strain energy and 

significantly lower than total damage energy until 

ultimate failure. According to the symmetry of the 

problem, the whole specimen length and width were 

modeled (240x24mm) while only one half of the 

specimen thickness (1.2mm) was considered, the 

other half being replaced by symmetry boundary 

conditions. The loading conditions were modeled as 

two opposite concentrated forces on reference points 
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coupled to the end surfaces of the specimen. A 

smooth step loading function was used to minimize 

inertia effects. 

As proposed in the in-situ strength model of 

Camanho [5], the shift in transverse normal and 

shear cracking of thin-ply laminates may be related 

to the stability of transverse intra-laminar crack and 

thus to the crack opening displacement within such 

cracks. To model this potential mechanism, a mesh 

with a substantial refinement within the thickness of 

each ply is required in order to capture the actual 

curvature of the crack surface. A mesh convergence 

study was thus carried out to determine both the 

appropriate in-plane and through the thickness 

characteristic mesh size. As a result, it was shown 

that at least 6 to 8 linear hexahedral elements are 

required in the thickness of each ply in order to 

capture the aforementioned effect. However, the 

model was shown to be much less sensitive to the in-

plane mesh size and a 0.5 mm in-plane element 

characteristic size was sufficient to reach a 

convergence. Different arbitrary patterns of 

predefined intra-laminar cracks (cohesive element 

lines) were also tested to ensure that the results were 

independent of this parameter.  

The final FE models for the thick and intermediate 

ply quasi isotropic unnotched tension tests 

([45°/90°/-45°/0°]ns  with n=1 and n=3 resp.) 
corresponded to meshes with 112'842 nodes / 92'820 

elements  and  771’731 nodes / 639’864 elements 

respectively. Simulation times were in the order of 

3h on 6 processors for the thick-ply specimen and 

about 24h on 16 processors for the intermediate-ply 

model. 

Based on the simulation results, several indicators 

were identified using definitions as close as possible 

to those used in the real tests. The on-set of damage 

was determined from the stress vs damage energy 

graph using a damage energy threshold. The 

ultimate strength was determined from the stress-

strain curve by the intersection between the elastic 

tangent at origin and the tangent line at failure (Fig. 

6). 

 

 
Fig. 6: Simulated stress-strain curve for the thick (300 

g/m
2
, n=1) and intermediate- ply thickness (100 g/m

2
, 

n=3) quasi isotropic unnotched tensile test. 

 

Results & Discussion 

First of all the chronology of the different damage 

mechanisms has been studied in details for the case 

of the thick ply laminate and compared to two c-scan 

performed on interrupted tests (Fig. 7). After about 

50% of the ultimate load (~ 253 MPa), the first 

damage starts by intra-laminar transverse cracking 

with an initiation triggered by normal stresses 

(mostly mode I) in the 90° ply. Then, intra laminar 

shear damage develops progressively from both 

sides of the specimen and is followed closely by the 

development of limited interlaminar cracks at the 

free edges propagating mostly in mode II. 

Delamination cracks appeared to be triggered by 

local shear stress concentrations in the surrounding 

of the intra laminar transverse cracks near the free 

edges and propagated preferentially at the interface 

between the +/-45° and 90° plies. Damage 

progression then accelerated at about 500MPa when 

extensive transverse cracks in the +/-45° plies had 

developed. Several fronts of inter laminar cracks 

propagated towards the center of the specimen. 

Finally, at about 600MPa and after massive 

delamination and transverse cracking, the +/-45° and 

90° plies completely lost their loading capabilities 

and thus only the 0° ply remained to carry the 

applied load. As a result, the 0° ply became quickly 

overloaded and finally broke by fiber failure at 609 

MPa. The extensive delamination and intra laminar 

cracking predicted by the model corresponded well 

to the type of failure observed experimentally (Fig. 

4).  
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In the case of the intermediate laminate, a different 

damage evolution scenario was observed. First of 

all, minute local damages (on about 50 elements) 

were observed in the early stage of loading. These 

early damages were particularly observed in regions 

where cohesive element lines of two neighboring 

plies overlapped and were thus considered as 

modeling artifacts caused by stiffness mismatch 

between the cohesive and continuum elements. 

However, after these early damage initiations, no 

significant damage propagation was observed until 

~500 MPa where intralaminar transverse cracking 

started to grow very slowly in the 90° ply from the 

free edges. Very limited propagation of inter laminar 

delamination cracks could be observed at the free 

edges but overall delamination remained negligible. 

Between 550 and 600 MPa, intralaminar cracks 

started to develop from the free edges in the 45° 

plies. Local delamination areas could be observed at 

that stage but were not able to propagate further. 

Finally, at 690 MPa, when nearly all intralaminar 

cohesive elements were fully damaged in the upper 

45° ply, delamination cracks started to propagate 

from localized point on the free edge of the upper 

ply. Localized delamination cracks then developed 

on most interfaces in its surroundings. At 711 MPa, 

delamination cracks propagated suddenly and the 

fiber failure criterion of the 0° ply was reached close 

to the failure initiation point. Right after this local 

failure, an intralaminar crack propagated in the 0° 

ply and lead to extensive delamination. The type of 

final failure mode simulated by the model was found 

in good qualitative agreement with the experimental 

one (Fig. 4) in which final failure occurred by a 

combination of fiber fracture, 45° splits and 90° 

transverse cracking. Interestingly, comparison of the 

two models clearly shows that transverse cracking 

was significantly delayed in the intermediate ply 

specimen. Moreover, in the intermediate ply 

thickness laminate, no significant delamination 

could be observed before 98% of the ultimate stress 

while in the thick ply laminate delamination started 

at about 75% of ultimate strength. 

The limited damage development in intermediate ply 

thickness laminate is also clearly visible on the total 

damage dissipation energy vs applied stress curves 

(Fig. 8). Interestingly these simulated curves 

compared reasonably well with the experimental 

cumulative acoustic energy vs stress curves. Using 

the simulated damage energy vs stress curves as 

indicators, the onset of damage of the thick and 

intermediate ply thickness specimens were estimated 

as 261 MPa and 457 MPa respectively. Indeed, this 

notable different shows that even though the same 

size independent constitutive properties were used in 

both cases, the models were able to capture at least 

part of the observed ply thickness effect just by 

representing the actual geometry, interfaces and 3D 

kinematics of the problem. Most importantly, to 

capture those thickness effects, it was verified that 

the model should be sufficiently refined to properly 

represent the geometry of the constrained transverse 

intra laminar cracks present in the +/-45° and 90° 

plies.  

 
Fig. 7: measured and simulated cohesive element damage progression showing clearly the propagation of transverse 

cracks and delamination initiated at the free edges of the specimen. 
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Comparing the numerical predictions to the 

experimentally determined onset of damage showed 

that the present model provided reliable values for 

the thick ply composite (261 MPa in FE, 248 MPa in 

experiment) but underestimated the ply-thickness 

effect significantly for the intermediate ply thickness 

(457 MPa in FE, 701 MPa in experiment). This 

difference could be partially attributable to the 

inherent difficulty of defining a meaningful 

threshold of damage or acoustic emission energy to 

determine the damage onset and to the selectivity of 

acoustic emission monitoring which could not 

record events with very low energy because of the 

noise rejection filter.  

The ultimate strength predicted in the FE model of 

the thick-ply composite (609 MPa) matched well 

with the experiment (595 MPa). For intermediate ply 

thickness, the FE predictions of ultimate strength 

(712 MPa) were found to be in good qualitative 

agreement with experiments (832 MPa), showing the 

right trend towards an increase when decreasing ply 

thickness but failing to reproduce the measured 

values quantitatively (14% underestimation).  

Additionally, the scaling in onset of damage with ply 

thickness t obtained by the present FE model was 

compared to the theoretical scaling of linear elastic 

fracture mechanics (LEFM, scaling in t
-0.5

) and 

experimental results (Fig 9). If the FE model 

predictions followed the theoretical LEFM scaling 

rather closely, both models were unable to represent 

the measured onset of damage of intermediate ply 

thickness. However, for thin plies, the LEFM 

theoretical scaling predicted a transverse cracking 

onset in good agreement with the experimental 

measurements, both very close to ultimate strength 

of the laminate.  

According to the present experimental and 

numerical investigations, it is clear that the very 

significant change in onset of damage can be, at 

least partially, attributed to an increased stability of 

intra laminar transverse cracks in 90° and +/-45° 

plies near free edges while the ultimate strength 

seems to depend more on a complex interaction 

between delamination and transverse cracking. For 

thinner plies, damage propagation is overall 

hindered and very limited damage could develop 

until fiber failure happens in the 0° plies.  

To illustrate this effect, classical laminate theory 

(CLT) was used to compute the first-ply failure and 

ultimate strength of the quasi isotropic specimens in 

unnotched tensile tests. Two extreme hypotheses 

were considered: (a) no damage of the ply was 

implemented in the CLT calculations and (b) plies 

become fully damaged (D=0.9999) as soon as it 

reaches the Tsai-Hill failure envelope. Ultimate 

strength was defined as the failure of the 0° ply. 

CLT calculations with damage provided an 

estimated first-ply failure at 287 MPa, in close 

agreement with the thick-ply onset of damage (248 

MPa). The CLT model with damage of the plies led 

to ultimate strength prediction of 609 MPa close to 

the experimental values for the thick ply specimen 

(595 MPa). Interestingly, when no damage was 

considered, the ultimate strength obtained by CLT 

was 819 MPa and corresponded well with the values 

obtained in thin and intermediate ply thickness tests 

(832 MPa resp. 847 MPa). However, as shown 

before, damage progression was seriously limited for 

very thin ply composites and thus the traditionally 

 
Fig. 8: measured cumulative acoustic energy compared to simulated damage energy for thick and intermediate ply 

unnotched quasi-isotropic specimens. 
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used first-ply failure criterion seemed irrelevant in 

those cases. 

 

 
Fig. 9: scaling of onset of damage stress vs ply thickness 

according to the present FE model, linear elastic fracture 

mechanics (scale as 1/sqrt(t)) and experiments 

 

This simple calculation example actually 

demonstrates, at least in the present case, that as 

most damage types are nearly suppressed when 

using very thin-ply composites, predicting their 

performance may actually be simpler than expected. 

Simple theories like CLT without ply and interfacial 

damage could thus be applicable when the ply 

thickness is “sufficiently” small (below a certain 

“critical ply thickness”) as failure ends up being 

dominated by the ultimate strain in the fibers. 

However, further studies are required to verify if a 

“critical ply thickness” also exists for other types of 

laminates, fibers and matrix properties. Moreover, if 

it exists, a criterion to define the “critical ply 

thickness” in a given application would be highly 

valuable for design. To reach this stage of 

understanding, further studies would be required, for 

example, to improve and/or validate existing 

theories such as the in-situ strength model [5] or 

matrix cracking induced delamination criterion for a 

wider range of thin ply composites. 

5. Conclusion 

Ultra-thin ply composites are now becoming 

commercially available and are increasingly used in 

high end applications. As shown in this paper, 

reducing the ply thickness can lead to dramatic 

improvement in terms of first-ply / first-damage 

criteria but also in terms of fatigue life and ultimate 

strength. These significant improvements were 

related to a change in the failure mode: thin-ply 

composites exhibited a much delayed damage 

growth and showed a quasi-brittle failure instead of 

extensive delamination and transverse cracking 

patterns. Using 30g/m
2
 plies in unnotched quasi 

isotropic tensile tests, it was shown that damage 

mechanisms could be delayed until the ultimate 

strain of the fiber was reached in the 0° ply.  

Detailed meso-scale finite element models including 

transverse cracking, delamination and fiber failure 

damage mechanisms were able to represent the 

observed trends. The main cause of the strong 

enhancement in onset of damage when decreasing 

ply thickness appeared related to the increased 

stability of transverse intralaminar cracks caused by 

the constraining effects of the neighboring plies. The 

ultimate strength seemed related to a combination of 

factors including intra laminar cracking of the outer 

45° plies and stability of the delamination cracks 

close to free edges. However, the number of 

sublaminate repetition was shown to play only a 

secondary role on the onset of damage and ultimate 

strength of unnotched thin-ply laminates. Even 

though existing theories based on fracture mechanics 

[5] and the present meso-scale FE models were both 

able to capture qualitatively the observed ply 

thickness effects, further developments are required 

to achieve more quantitative performance 

predictions and design rules of thin-ply composite 

parts. 
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1 Introduction 
Nowadays, due to the increasing environmental 
consciousness bio-based and biodegradable 
polymers (biopolymers in short) are located in the 
focus of interest. By replacing conventional, petrol 
based polymers with biopolymers the urging waste 
management problems could be moderated or even 
solved, moreover, the petrol-dependency of plastic 
industry could be decreased, and in the future a new, 
biomass-based (mainly starch and cellulose based) 
plastic industry could be launched. However, 
nowadays, the biopolymer production in the World 
is only around 0.5% of the overall plastic 
production, but it is believed to increase 
significantly in the upcoming decades. 
One of the most promising biopolymer is 
Poly(Lactic Acid) (PLA) [1-4], which can be 
produced by the fermentation of starch and sugar 
into lactic acid and the polycondensation of the 
lactic acid itself. Due to the fact that starch can be 
found all over the World in high amounts in 
agricultural plants like corn (maize), wheat, rice, 
potato, tapioca, it can be seen easily that PLA could 
be the first widely used pioneer of the biomass-
based plastic industry. PLA is a thermoplastic 
material, thus it can be processed by using 
conventional thermoplastic processing equipments 
like injection molding, extrusion, thermoforming, 
compression or blow molding. It also has good 
mechanical properties, tensile strength of 60 MPa, 
tensile modulus of 3 GPa, however, it is considered 
as a brittle material with a Charpy notched and 
unnotched impact strength of 2.7 and 23.0 kJ/m2 
respectively, and also its low heat deflection 
temperature (HDT) of 50-60°C according to its low 
glass transition temperature (Tg) only allows it to be 

used in indoor applications. At the same time, its 
biodegradation only takes place in industrial 
compost (above 60°C) after an initial hydrolysis, 
thus the PLA products can be used for years at 
room-temperature, which makes PLA even an 
intelligent polymer. Nowadays, PLA products are 
already commercialized and more and more PLA 
products are on the market, however, these products 
are mainly related to the packaging industry. 
Although PLA is mainly used for packaging, as a 
renewable resource based polymer with good 
mechanical properties, it may be interesting for 
durable engineering applications [5] especially when 
taking into consideration that below its Tg 
biodegradation will not begin. A lot of effort has 
been done to reinforce PLA with typically natural 
plant fibers to keep its “bio” feature [6-12] or with 
nanoparticles to reach other beneficial properties 
like modified gas barrier [13] or photooxidation [14] 
properties. Some good results have been achieved by 
using natural plant fiber reinforcement like increased 
strength and stiffness, however, the best results were 
in most cases achieved by using very long cycle time 
technologies like film-stacking or solvent-casting [5, 
11]. If a fiber reinforced PLA part is to be used in 
engineering application, than injection molding is 
the technology to be used because it is a very 
productive, highly automated technology capable of 
producing very complex, 3D shaped parts in one 
step without the need of further machining. 
Typically only a slight increase was found in the 
mechanical parameters of injection molded PLA 
parts reinforced with natural plant fibers due to the 
temperature and shear sensitive property of the 
cellulose-based natural plant fibers. 

ICCM19 4377



A possible alternative for the natural plant fibers is 
the mineral basalt fibers. Basalt is also considered as 
natural, because it is generated by the solidification 
of molten lava, and it is also bioinert, which 
increases its “natural” property. By melting the 
basalt rocks, either continuous (spinneret 
technology) [15] or short (Junkers technology) 
basalt fibers can be produced. The basalt fibers have 
a constitution similar to glass fibers and their surface 
can be modified easily in order to be used as 
reinforcement in composite products [16-19]. 
Deák et al. [16] proved the usability of short basalt 
fibers and found that the impact strength of the 
injection molded composite parts with 
3-glycidoxypropyltrimethoxysilane coupling agent 
was highly improved. Liu et al. [17] demonstrated 
that the impact strength of the PLA can be 
significantly improved from 19 kJ/m2 (unnotched 
Charpy) to 34 kJ/m2 by using 20wt% basalt fibers 
and 20wt% ethylene-acrylate-glycidyl-methacrylate 
(EAGMA) copolymer. Kurniawan et al. [18] found 
that better fiber-matrix adhesion can be developed 
by using atmospheric pressure glow discharge 
plasma polymerization treatment on the basalt fibers. 
It was also found that by increasing plasma 
polymerization time, the tensile strength of the 
composites increased. Finally, Chen et al. [19] 
proved that it is possible to produce basalt fiber 
reinforced PLA based scaffold for medical 
applications. It was found that basalt fibers retard 
inflammatory responses due to retarding degradation 
of PLA, and it was also found that basalt fibers were 
not influencing osteoblast viability, thus the 
developed composite can be potentially used in hard 
tissue repair. 
According to these results, basalt fibers seem to be a 
potential alternative to plant fibers and it can be used 
effectively to reinforce PLA. In our previous 
research [20] it was demonstrated according to PLA 
based composite preparation that the drying 
conditions of the reinforcement or the filler and the 
PLA could significantly influence the adhesion 
between the phases highly affecting mechanical 
properties. In the publication dealing with basalt 
fiber reinforced PLA [17-19], the drying condition 
was either not shown or the drying temperature was 
found too low according to our former results. 
According to all these results, in our research, 
optimized drying conditions were used to analyze its 
effect on the properties of basalt fiber reinforced 

PLA in order to be able to produce bio-based, 
durable material for engineering applications. 

2 Materials and methods 

Semi-crystalline injection molding grade PLA type 
AI1001 was purchased from eSUN, Shenzen, China, 
with a D-Lactide content of 4%. It was dried at 
120°C for 6 hours prior to processing. This 
somewhat high drying temperature was already 
demonstrated to be useful in minimizing residual 
moisture and maximizing the possible adhesion 
between the PLA and the reinforcement or filler 
[20]. Chopped basalt fibers from Kameny Vek 
(Dubna, Russia) were obtained with silane 
treatment. The average diameter of the fibers was 13 
μm, while the initial fiber length was 10 mm. 
Although basalt fibers are not susceptible to 
moisture, the basalt fibers could still contain 
chemically not bonded residual moisture on the 
surface, thus it was also dried along with PLA at 
120°C for 6 hours. The materials were dry mixed 
and compounded by using a twin-screw extruder 
type LabTech Scientific twin screw extruder with a 
screw diameter of 26 mm, an L/D ratio of 40 and a 
screw rotational speed of 30 rpm. 5-10-15-20-30-40 
wt% basalt fiber reinforced PLA composite 
extrudates were produced, which were pelletised and 
annealed at 120°C for 1 hour prior to injection 
molding. ISO standard tensile, three-point bending 
and Charpy specimens with a cross section of 4x10 
mm and 80x80 mm flat specimens with a thickness 
of 2 mm were injection molded for the 
measurements by using an Arburg Allrounder 370S 
700–290 injection molding machine with a screw 
diameter of 30 mm and an L/D ratio of 25. The main 
injection molding parameters can be seen in Table 1. 

 
Injection molding 

parameter 
Value 

Injection volume 
(according to flat, tensile 

or flexural specimens) 

50 cm3 (flat) 
44 cm3 (tensile) 

42 cm3 (flexural) 
Switch-over point 12 cm3 

Injection rate 50 cm3/s 
Holding pressure 600 bar 

Holding time 20 sec 
Residual cooling time 30 sec 
Screw rotational speed 15 m/min 

Backpressure 30 bar 
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Temperature profile along 
the barrel (from nozzle to 

hopper ) 

190-185-180-175-
165°C 

Temperature of the mold 20°C 
Table 1. Main injection molding parameters 
 

The tensile (σt – tensile strength, Et – tensile 
elasticity modulus, εt – strain at maximum force) and 
flexural properties (σf – flexural strength, Ef – 
flexural elasticity modulus) were analyzed by using 
a Zwick Z020 universal testing machine using a 
cross-head speed of 5 mm/min. Charpy impact 
strength (αcu – unnotched Charpy impact strength,     
αcn – notched Charpy impact strength) was measured 
by using a Ceast Resil Impactor impact testing 
machine equipped with a 15 J hammer. 2 mm deep 
notched and unnotched specimens were also tested 
by using 6.21 J and 15 J of impact energy 
respectively. All the mechanical tests were 
performed at room temperature and at a relative 
humidity of 60%. 
Differential Scanning Calorimetry (DSC) was 
performed by using a TA Q2000 type calorimeter to 
determine the potential nucleating ability of the 
basalt fibers. Heating/cooling/heating scan was used 
at a heating and cooling rate of 5°C/min under 
nitrogen atmosphere. Crystallinity was calculated by 
using the following equation: 

100
)1(H

HH
X

f

ccm ⋅
α−⋅Δ

Δ−Δ
=  (1) 

X [%] is the crystallinity, ΔHm [J/g] is the enthalpy 
of fusion, ΔHcc [J/g] is the enthalpy of cold-
crystallization, ΔHf [J/g] is the enthalpy of fusion for 

the 100% crystalline PLA of 93 J/g [21], and α [-] is 
the mass fraction of the basalt fibers. 
Dynamic Mechanical Analysis (DMA) was 
performed on a TA Q800 analyzer. The flexural 
specimens with a cross section of 4x10 mm with a 
support distance of 35 mm were used for the tests in 
dual cantilever mode. 0-160°C temperature range 
was investigated with a heating rate of 2°C. 
Amplitude of 20 μm and a frequency of 1 Hz was 
used. 
The deflection of the flat specimens was investigated 
by placing them into an oven, in a single cantilever 
and measuring the deflection of the other side of the 
specimens by using digital caliper at 25, 40, 50, 60, 
80, 100, and 120°C.  
Heat Deflection Temperature (HDT) was also 
measured by using a Ceast 6505/000 analyzer. The 
tensile specimens with a cross section of 4x10 mm 
and a support distance of 110 mm were used with a 
specific load of 0.45 MPa and a heating rate of 
2°C/min. The HDT value was obtained when the 
deflection of the specimens reached 0.33 mm. 
Finally Scanning Electron Microscopy (SEM) was 
also performed on the fracture surface of the 
specimens by using a Jeol JSM 6380LA type 
electron microscope. Prior to investigation Au/Pd 
alloy was sputtered on the surface of the specimens 
to avoid electrostatic charging. 

3 Results and discussion  

It was found that by using basalt fibers the 
reinforcing effect was much more significant 
compared to plant fiber reinforcement PLA 
composites (Table 2.). 

 
Tensile Flexural Charpy Material/Mechanical 

property σt 
[MPa] 

Et 
[GPa] 

εt [%] 
σf 

[MPa] 
Ef 

[GPa] 
αcu 

[kJ/m2] 
αcn 

[kJ/m2] 
PLA 64.5 2.97 2.93 101.5 3.30 23.0 2.7 

PLA/5% basalt fiber 70.4 3.70 2.82 115.7 4.11 22.8 2.8 
PLA/10% basalt fiber 80.2 4.27 2.81 123.7 4.86 26.5 4.9 
PLA/15% basalt fiber 91.6 5.15 2.75 136.7 5.93 29.3 5.9 
PLA/20% basalt fiber 98.0 6.00 2.69 143.5 7.00 29.9 6.5 
PLA/30% basalt fiber 119.7 7.62 2.28 180.0 10.37 38.3 9.3 
PLA/40% basalt fiber 123.5 8.31 2.30 185.6 12.46 38.4 9.5 

Table 2. Mechanical parameters of the basalt fiber reinforced PLA composites 
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As it can be seen in Table 2, tensile strength and 
tensile modulus as well as flexural strength and 
flexural modulus linearly increased with increasing 
basalt fiber content. By using 30wt% basalt fibers, 
an impressive tensile strength and tensile modulus of 
119.7 MPa and 7.62 GPa and a flexural strength and 
flexural modulus of 180.0 MPa and 10.37 GPa was 
reached respectively. One of the main drawbacks of 
PLA, its low impact strength was also highly 
increased from 23.0 to 38.4 kJ/m2 and from 2.7 to 
9.5 kJ/m2 according to unnotched and notched 
impact strength respectively. It can also be observed 
that by using 40wt% basalt fibers, the mechanical 
properties are almost the same as for the 30wt% 
basalt fiber reinforced composite, which means that 
in the case of 40wt% basalt fiber reinforcement, the 
fibers were highly sheared and most-likely major 
fiber breakage occurred during processing thus the 
40wt% basalt fibers could not further improve the 
mechanical properties compared to the 30wt% basalt 
fiber reinforcement. 
According to the results, probably very good 
adhesion developed between the PLA and the basalt 
fibers, which was also proved by using SEM images 
(Fig.1.-3.). 
 

 
Fig.1. Cross-section of 20wt% basalt fiber 

reinforced PLA composite 
 

 
Fig.2. Cross-section of 30wt% basalt fiber 

reinforced PLA composite 
 

 
Fig.3. Cross-section of 40wt% basalt fiber 

reinforced PLA composite 
 
As it was assumed, strong adhesion developed 
between the phases which is represented by the 
absence of any gap between the well embedded 
fibers and the matrix as well as strong adhesion is 
also represented by the well wetted basalt fibers. 
After investigating mechanical properties, the 
thermal properties were also examined by DSC to 
analyze the effect of basalt fibers on the crystallinity 
of PLA (Fig.4.). 
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Fig.4. Crystallinity of the basalt fiber reinforced 

PLA composites 
 
It can be stated that the basalt fibers not only have 
excellent reinforcing effect on PLA, but it was also 
found that they have nucleating effect, which caused 
significantly higher crystallinity compared to neat 
PLA even though high cooling rate processing 
technology (injection molding) was used. For the 
injection molded specimens, the highest crystallinity 
reached was around 20%, which is more or less the 
half of the maximum possible achievable 
crystallinity of PLA. At the same time, when low 
cooling rate was used during DSC measurement 
(5°C/min), above 20wt% basalt fibers, the samples 
reached the possible maximum crystallinity of PLA 
which is indicated by the absence of cold-
crystallization in the second heating scan. Again, it 
was demonstrated that basalt fibers have nucleating 
ability, which is an important aspect, because if it is 
possible to develop significant crystallinity during 
continuous injection molding production, then PLA 
products with high heat deflection temperature can 
be made. 
DMA measurements were also performed in order to 
find out the usability of the developed composites 
and to analyze the effect of the developed 
crystallinity on the temperature dependence of 
storage modulus (Fig.5.). 
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Fig.5. Storage modulus of the basalt fiber reinforced 

PLA composites measured at 40 and 120°C 
 

As it can be seen, naturally basalt fibers increased 
the storage modulus of PLA and this increase is 
linear as a function of basalt fiber content in the 
investigated 0-40wt% basalt fiber region. By using 
40wt% of basalt fiber reinforcement, the storage 
modulus increased by 194% and by 940% according 
to the storage modulus measured at 40°C and 120°C 
respectively. Typically, amorphous PLA loses most 
its storage modulus above Tg and enters into rubbery 
state. Although above Tg PLA will cold crystallize 
and its storage modulus will increase, but with 
increasing heat, first the major loss of storage 
modulus and the deformation of a PLA product will 
occur, thus a PLA product without significant 
crystalline ratio or without reinforcement cannot be 
used for structural applications. Even by using fiber 
reinforcement, in most cases the fibers cannot retard, 
but can only reduce the modulus loss above Tg.  
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Fig.6. Lowest storage modulus of the basalt fiber 
reinforced PLA composites between 60 and 80°C 
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If the major modulus loss could be avoided by using 
the mentioned options, then PLA products with high 
HDT can be produced. This usability is represented 
by the lowest modulus of the PLA above Tg (Fig.6.). 
The pure PLA specimen loses nearly all its storage 
modulus and becomes practically useless above Tg. 
This lowest storage modulus value is significantly 
increased by incorporating basalt fibers into PLA, at 
the same time for the 40wt% basalt fiber reinforced 
PLA, the lowest modulus of 166 MPa measured at 
71°C was still not enough to avoid deformation of 
the specimen. 

For semi-crystalline PLA this lowest storage 
modulus at the same temperature is 250 MPa, which 
is important, because this material is considered as 
“heat stable PLA” with a HDT value of more than 
120°C. 
In order to examine the temperature caused 
deflection and deformation of the composites 
directly, the flat specimens were placed into a heated 
oven, in a single cantilever and the deflection was 
measured on the other side of the specimens 
(Table 3.). Note that in this measurement, the 
maximum possible deflection of the specimens was 
38 mm. 

Deflection [mm] measured at… Material 
25°C 40°C 50°C 60°C 80°C 100°C 120°C 

PLA 0 0 0.2 9.9 38.0 38.0 38.0 
PLA/15% basalt fiber 0 0 0 3.8 15.5 16.3 16.9 
PLA/20% basalt fiber 0 0 0 1.2 8.3 8.6 9.0 
PLA/30% basalt fiber 0 0 0 1.1 4.7 4.8 5.2 
PLA/40% basalt fiber 0 0 0 0.8 4.6 4.6 5.1 

Table 3. Deflection of the basalt fiber reinforced PLA composites 
 

As it was discussed, and as it can be seen, pure PLA 
specimens highly deform above Tg as indicated by 
the rapidly increasing deflection above 50°C. This 
deflection was highly retarded by the usage of basalt 
fibers, which can be explained by the storage 
modulus increasing effect of the fibers and also by 
the increased crystallinity caused by the nucleating 
effect of the basalt fibers. Although the deflection of 
the specimens was highly retarded, the standard 
HDT analysis only showed a slight increase (Fig.7.). 
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Fig.7. Heat deflection temperature of the basalt fiber 

reinforced PLA composites 
 

Despite the previous results according to 
significantly decreasing the deflection of the 
specimens, the HDT value of the basalt fiber 
reinforced PLA composites increased only by some 
degree of Celsius, which can be explained by the 
very small permitted deflection (0.33 mm) according 
to a standard HDT test. 
Nevertheless, the significant increase in storage 
modulus and the nucleating effect of basalt fibers 
suggest that by adding further nucleating agents, like 
the highly effective talc [22], the HDT value of the 
composites could reach 120°C. 

4 Conclusions 

In our work, the reinforcement of the most 
promising biodegradable polymer, the poly(lactic 
acid) (PLA) with mineral basalt fibers was 
investigated to analyze the usability of the prepared 
composite material for durable, engineering 
applications. According to our previous results, 
optimized drying conditions were used to analyze its 
effect on the properties of basalt fiber reinforced 
PLA composites. 5, 10, 15, 20, 30 and 40wt% basalt 
fiber content PLA composites were prepared by 
using extrusion and injection molding. It was found 
that basalt fibers highly increased all of the 
measured mechanical properties (tensile, flexural, 
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impact) and this increase was linear with increasing 
basalt fiber content in the case of tensile strength, 
tensile modulus and flexural strength, flexural 
modulus. By using 30wt% basalt fibers, a tensile 
strength and tensile modulus of 119.7 MPa and 7.62 
GPa and a flexural strength and flexural modulus of 
180.0 MPa and 10.37 GPa was reached respectively 
and moreover, one of the main drawbacks of PLA, 
the low impact strength was also enormously 
increased from 23.0 to 38.4 kJ/m2 and from 2.7 to 
9.5 kJ/m2 according to unnotched and notched 
impact strength respectively. The scanning electron 
microscope observations revealed that there was 
very strong adhesion between the two phases which 
was indicated by the well embedded and well wetted 
basalt fibers. The basalt fibers were not only found 
to have significant reinforcing effect on PLA, but 
they also had nucleating effect. At the same time, the 
desired semi-crystalline PLA, which represents high 
HDT value of 120°C could only be achieved by 
using low cooling rate of 5°C/min. When using high 
cooling rate technologies like injection molding, 
more or less the half of the possible maximum 
crystallinity of PLA was found to be developed. The 
basalt fibers not only had nucleating effect but they 
also increased storage modulus. By using 40wt% 
basalt fibers, the storage modulus increased by 
194% and by 940% according to the storage 
modulus measured at 40°C and 120°C respectively. 
It was also demonstrated that the basalt fibers could 
highly retard the deflection and deformation of the 
specimens above Tg, when PLA enters into rubbery 
state. At the same time, despite the significantly 
decreasing deflection with increasing basalt fiber 
content, the standardized HDT value of the 
specimens only increased by 5°C by using 40wt% 
basalt fibers, which can be explained by the very 
small permitted deflection (0.33 mm) according to a 
standard HDT test. Nevertheless, the major increase 
in storage modulus and the nucleating effect of 
basalt fibers indicate that by using further nucleating 
agents, like the highly effective talc, PLA based 
composites with high HDT value can be produced. 
Finally, in our work it was proved that is it possible 
to produce renewable (PLA) and natural (basalt) 
resource based composites with high mechanical 
properties not only by using very high cycle time 
processing technologies like film stacking or solvent 
casting to avoid fiber breakage but it is possible to 
use highly productive, low cycle time injection 

molding technology to produce accurate parts with 
complex geometries for high demand engineering 
applications. 
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1. Abstract 

Composites manufacturing is potentially facing an 
order of magnitude increase in the number of parts 
to be produced in the next ten years and beyond. 

Despite the introduction of alternative and 

automated processes, manual layup remains a 
crucial and widely used process in the composites 

industry. However it remains a relatively unknown 

and certainly undocumented process, which has 
changed little in the last 30 years. In order to meet 

increasing demand, composite manufacturing needs 

to evolve into an optimised, leaner process. To 

begin this change it is first necessary to build a 
greater understanding of the existing process. A 

study is conducted of a variety of operators draping 

prepreg sheets over a number of representative 
tasks. Frame by frame analysis of recorded video 

footage has revealed a set of common techniques 

used by those laminators. In this paper studies of 

three representative tasks are demonstrated as 
examples to highlight the links between layup 

techniques and specific layup features. This work 

reveals a systematic approach to layup and is the 
first step towards building up a knowledge based 

system to understand lamination. 

2. Introduction  

2.1 Composite manufacturing  

Composites are seeing increased use in a variety of 
large scale applications, the most high profile being 

the new Boeing 787 and Airbus A350. The next 

generation of commercial aircraft are likely to have 
a much greater composite content. The automotive 

industry has also shown increased interest in 

composites for high production volume projects 

such as the BMW i3 [1]. As a result, both 
composite production rates and costs will be 

required to improve by up to an order of magnitude 

[2].  

2.2 What is manual layup? 

A large number of composite parts are still made 

using traditional manual layup. This involves sheets 
of primarily woven carbon or glass fibres being 

manipulated into shape over a tool. This is done by 

highly skilled manual operators using their hands 
and a collection of simple tools, relying on skills 

which have changed little over the past three 

decades. They generally receive a stack of the 
templated plies for a specific tool, and a 

manufacturing instruction sheet (MIS). These can 

contain information on datums start points and 

orientation, while some give little more than the ply 
order. From there the correct layup of plies can be 

left entirely up to the laminators, leading to part 

variability. This process can be a common source of 
defects such as wrinkles, bridging and 

misalignment [3]. Defects such as wrinkles have a 

significant effect on the strength of finished 
composite parts, [4] leading to either scrapping or 

costly and time consuming reworking. 

2.3 Why is it so difficult? 

The details of the manual layup process have 

received limited coverage in the traditional 

literature. To begin to build up an understanding of 
the process, it is beneficial to briefly look at the 

basic principles. Surfaces that are flat or have 

curvature in only one direction, such as a cylinder 
or flat plate are ‘developable’. These can be formed 

from a flat sheet with no in-plane deformation. 

However, to form a flat sheet on a doubly curved 

surface there does need to be some in-plane 
deformation [4]. Materials such as thin plastic or 

metal sheets can be deformed into doubly curved 

shapes in a vacuum or stamp former. This is 
possible because they are isotropic and can exhibit 

significant plastic deformation. However the carbon 

and glass fibres used in composites provide a more 

complex problem as their inherent high stiffness 
and low strain to failure prevent them from 

deforming in such a manner [5]. Adding cuts 

known as ‘darts’, or folds into the material can 
introduce significant structural weaknesses [6]. 

Fortunately, when the fibres are arranged in a 
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woven cloth structure, the material as a whole can 

undergo scissor type in-plane shear. This allows the 

cloth to deform and ‘stretch’ or ‘contract’ in 
opposite directions. There are other deformation 

methods present such as tow slippage, but the 

majority of deformation is of this scissor type shear 

[5, 7]. 

2.4 The material 

The woven material used during manual layup is 
generally pre-impregnated with resin to create 

‘prepreg’. The main purpose of prepreg is to closely 

control the resin content and distribution during the 
autoclave cure process, ensuring a high fibre 

volume fraction in the finished part. The added 

resin also enables prepreg to stick or ‘tack’ onto the 
tools, holding its shape. However, it adds 

significant in-plane shear stiffness, requiring the 

operators to often apply significant forces to create 

in plane deformation. In addition, the epoxy 
increases the mass of the woven cloth, causing it to 

bend more easily under its own weight than dry 

fabric [8]. Once a section of a woven structure has 
that tows run through in both warp and weft 

directions stuck to the tool at any point, it then 

becomes ‘constrained’. Thus it now only has a 
single unique pattern of shear deformation that will 

allow it to fully deform to the tool surface [9]. 

Predicting the location and severity of this 

deformation by eye is non-intuitive and can be very 
difficult for complex shapes. This combination of 

complex deformation patterns, in-plane shear 

stiffness and the flexible and tacky material make 

manual layup a difficult task.  

2.5 Meeting the challenge 

Fortunately, humans have the dextrous and problem 

solving capabilities to tackle craftsman like tasks 

such as composite lamination [10-11]. They can 

successfully adapt their skills to be able to form a 
wide variety of complex shapes. However, if the 

composites industry’s dependence on sheet prepreg 

layup is to continue, production rates and quality 
need to increase while simultaneously reducing the 

cost. Despite the complexity and challenges of 

manual layup, as far as the authors are aware there 

is little published work moving towards 
understanding or optimising this process. There are 

three potential avenues to improve on the current 

prepreg layup process; automation, an evolution of 

the current approach and improvements in training. 

2.5.1 Automation 

The adaptability and ability to form complex shapes 

of hand layup has not yet been matched by 
automated processes. For example, using 

‘Automatic fibre placement’ (AFP), which involves 

laying down individual tapes or fibres there was 

some success with large geometrically simple parts 
such as aircraft fuselages. However, AFP cannot be 

used for the more complex secondary structures 

such as seats, luggage holders and other interior 
panels, which make up a large proportion of the 

cost of an aircraft. Current issues with such systems 

are highlighted in [12]. For many parts with 
complex geometry, manual layup remains the most 

viable and commonly used technique [2]. 

There have been attempts to build automated 

processes that involve sheet prepreg. Buckingham 

and Newell [10] present a robot which could pick 
up, place and consolidate sheets of prepreg onto a 

very limited selection of singly curved tool shapes. 

However, despite being very complementary of the 
skill and achievements of manual operators, there 

was very little evidence that during the design 

process any direct observations were made or 

inspiration taken from real human operators at 
work. Another approach was developed using 

compressed air jets to manipulate the prepreg [16]. 

To aid the shearing, tension was applied to the 
prepreg. This is a technique used by manual 

operators, although they were not directly cited as 

the inspiration for doing so. Additionally a study by 
Skordos [17] claims to capture the ‘mechanics of 

draping’ yet again, no direct reference is made to 

the specific techniques used by laminators in 

industrial practice.  

2.5.2 Evolution of the current process 

The process has remained relatively unchanged for 
the past few decades, so there may be potential to 

modify the process to make it quicker to both learn 

and implement without going to an automated 
solution. An example of the process evolving is the 

introduction of simulation programs which can 

predict the required deformation over any shape. 

One such program, ‘Virtual Fabric Placement’ 
(VFP) was developed at Bristol University [9]. It 
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allows the users to specify both the starting point 

and how the layup should progress over a tool. 

Using kinematics it then calculates the required 
deformation, which is represented graphically on 

what will be known as ‘VPF diagrams‘, examples 

of which can be seen in figs. 2-4. Designers can 
then compare shear deformation angles from the 

simulation to the maximum capabilities of a 

material, to gauge if a design is achievable [13].  

The deformation prediction provided by VFP was 

used to enhance the lamination process by defining 
the order in which features should be laid up [2]. 

Information from similar programs is put to use in 

ply projection systems such as [15]. These can 
import ply deformation data from simulation 

programs and project the outline of the ply onto the 

tool surface to assist in lamination. 

2.5.3 Improved training 

At present there is little documented information 

about the layup process. As a consequence, 
experience is generally only being passed down 

directly from one operator to the next or gained 

through individual experience. A more informed 
and systematic training program could go towards 

producing a greater number of efficient and reliable 

laminators. 

2.7 Studying operators at work.  

There are discussions in the literature regarding the 

need to fully understand how humans approach a 
task before attempts can be made to optimise or 

automate it [18-19]. At present, as far the authors 

are aware sufficient documented knowledge around 
lamination is not available. An earlier study 

designed for general tasks used observation of 

human subjects to construct a taxonomy of grasp 

choice for common hand tools. Observation of a 
number of subjects showed strong links between the 

size, shape and purpose of the tools and the use of 

specific grasp types, [20]. The present study is 
working towards doing the same for composite 

manual layup, in this case replacing the tools with 

individual layup features. 

3 Experimental Method 

The aim of this work is to identify the techniques 

used by operators and establish where and why they 

are used. To achieve this, a series of lamination 
tasks were designed to cover the most common 

features tackled during a regular lamination 

process. The starting points for each task were 
defined against a datum line on the tool and the 

required deformation was predefined and presented 

to the operators using VFP. The aim was to record 

how the laminators created a specific deformation 
pattern in isolation. There were nineteen tasks in 

total, covering a range of different types and 

severity of features. But due to space limits in this 
paper, only results from the three representative 

tasks, shown in figs. 1-3, will be discussed at 

length.  

Six operators completed each task three times. 

Among them were two professional laminators who 
had at least twenty years’ experience of manual 

layup, but little or no experience with VFP. There 

were also two novices, who had very limited 
experience with both prepreg and VFP. The 

remaining two operators had some experience with 

manual layup, but were experienced with the VFP 
program and its outputs. These will be referred to as 

the ‘intermediate’ operators.  

All tools were made from Rakutool type tooling 

board, and measure approx. 30cm x 30cm. For task 

A and B there is a ramp feature which forms a 
recess in the corner of the tool. Task C usesthe 

exact same deformation pattern as task B, but with 

an inverse tool shape such that the ramp feature 
protrudes outwards from the tool surface. Novice 

and intermediate laminators used tools with 45ᵒ 

ramps, while the professionals used steeper 60ᵒ 

ramps. A typical modern manual layup material 
(2x2 Twill MTM49, tow width 2mm) was chosen 

for the trials. All tasks used 23cm x 23cm square 

plies. All tests were conducted in standard clean 

room conditions. 

Participants were given a brief written introduction 

to lamination and the principles of how a woven 

cloth can deform to fit over 3D shapes, based on 
section 2.2-2.4 of this paper. The laminators were 

told to focus on quality as the primary driver, but be 

mindful of time. All laminators wore latex gloves, 

and the professionals were permitted use of 
laminators tools, generally known as ‘dibbers’. 

These are made from hard materials such as 
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composites, PTFE or plastic, and feature a selection 

of varying curvatures, shapes and materials. These 

were all custom made by the individual laminators. 
The operators work was recorded on a HD camera 

which was mounted approx. 0.5m above the tool. 

This allows repeated analysis of the footage, which 

is crucial for understanding such a complex process. 

Any layup attempts which had defects that could be 

deemed as serious were identified during layup.   

An initial frame by frame analysis of the operators 

performing the lamination tasks was carried out 

based on methods described in [21]. This revealed 
over 40 separate actions such as grasping, 

smoothing and pressing. To make the analysis more 

manageable, an approach as used by [22] and [23] 
was adopted. Thus multiple actions were combined 

into a more general catalogue of ‘techniques’, an 

example of which is seen in fig 4. Any given 

technique can be implemented with a variety of 
different grasps, but the overall purpose of the 

technique remains largely the same. In this study, 

the chosen grasp type is not recorded, with only the 
technique type of interest. In order to establish the 

specific purpose of each technique, it was crucial to 

know which features of the tasks they were being 

used to form.  

To enable this, each task was divided up into 
multiple areas according to features such as change 

of shear angle, change of curvature (corner), or any 

other feature which was observed to be separating 
areas that required different techniques. These areas 

will be referred to by the task letter followed by the 

area number, so area 3 on task B will be ‘B3’. The 
video footage from each task was then visually 

analysed frame by frame, using a tally sheet to 

record every time each technique was used in the 

different areas. The first two attempts by operators 
were regarded as ‘training’, a technique also used 

by [26], and so the analysis is focused on the third 

and final attempts. The analysis was carried out by 
a single analyst and the process was validated by a 

second analyst, showing a repeatable accuracy of 

approximately 10%. 

5 Results 

5.1 Universal techniques 

The analysis confirms that there are trends for using 

certain techniques in specific areas of the tasks. 

Here each technique will be introduced in the 
context of areas where they are applied, to help 

explain the reasons for their use. However, there 

were several techniques which saw use in many 
similar areas across all of the tools. Figure 5 shows 

‘Guiding with two hands’ (G2H) a technique used 

by all laminators to initially position the ply on the 

tool.  

The G2H technique was used in 70% of areas 

which feature a starting point such as A1, B1 and 
C1. This was often followed or replaced by ‘One 

handed guiding’ (1HG) technique as seen in fig. 6 

which was used frequently to align prepreg starting 
points.  

The true complexity of lamination was only 

revealed when looking at the features in and around 
areas where the prepreg was to be sheared. Other 

techniques were only observed as being used 

frequently in specific features. 

5.2 Task A 

The segregation of task A into different areas can 

be seen in fig. 7. The task starts against a datum 

running along the front edge of the tool and the ply 
is then draped up the ramp and onto the top tool 

surface. Figure 7 shows how prepreg was aligned in 

area A1 using both G2H and 1HG. The laminators 

then used 1HG again to align A2 and A3, which 
form the edges of the concave region. As a result of 

forming a concave section, an in- plane excess of 

material was created in the area that would 
eventually become A4. Eventually this excess 

material was taken up by shear, but during initial 

forming, it caused the material to starting folding 

out of plane. Some laminators chose to control and 
assist this during forming of sections A2 and A3 by 

actively creating these folds using techniques such 

as seen in fig. 8. 

Once the areas A1-3 were formed, the next 
challenge was to form section A4 which features 

shear of 20ᵒ. Accordingly, extra techniques were 
required such as ‘Tension Secured Shearing’ (TSS) 

as described in fig. 9. TSS was used on average 

over 4 times per ply in these areas, and saw use by 

all six laminators. Some laminators applied the 
tension over 5 or more seconds, allowing a large 

deformation of the prepreg from a single action. 

ICCM19 4388



The 19
th

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

5 

 
 

Others applied tension for a much shorter period, 

requiring many repetitions to achieve the same 

effect. During this task, there were several 
occurrences of TSS which caused areas A2, A3, A5 

and A9 to come unstuck from the tool surface, 

requiring them to be realigned using 1HG. 

Figure 7 also shows that the intermediate and 
professional laminators, used an additional 

technique for areas A4, A6 and A8, involving a 

combination of applying Smoothing and Tension 
(S&T) at the same time, as described in fig. 10. 

This technique appears very similar to TSS but the 

subtle difference is that the securing hand is mobile, 
and being used to smooth and stick down new areas 

of prepreg. The applied tension helps the prepreg to 

shear rather than to wrinkle as it is stuck down.  

Laminators then went on to areas A5 and A9, which 
have not shear, and, like A1, generally only 

required the use of 1HG to align them to a starting 

point. Next up were areas A6 and A8 which both 
contain shear. These were formed with a similar 

mix of TTS and S&T techniques as A4. Figure 

1Error! Reference source not found.1 explains 
why shear occurs in areas such as A4 A6 or A8. In 

all three areas, each successive tow being 

consolidated has some excess or length ‘slack’, 

which needs to ‘pulled’ out. Hence tension is 
applied to the prepreg via TSS or S&T. The 

consistency in techniques suggests that if similar 

‘excess’ occurs in another task, that TSS and S&T 
would be the likely technique. One of the novice 

laminators used both the techniques nearly 20 times 

in areas A5, A9 and A7. Considering that all 
professionals and intermediates combined only used 

the techniques 3 times in total, it could be 

concluded that the novice was using an 

inappropriate technique. 

5.3 Task B 

The segregation of task B can be seen in fig. 12. 
Task B uses the same tool as task A, but starts from 

the back of the tool, creating a very different 
deformation pattern. It only generates two sheared 

areas, (B3 and B2) which have the same 20
o
 shear 

angle as areas A4, A6 and A8. However, it was 

observed that a completely different set of 
techniques were being used on the different tasks. 

This is due to a subtle difference in the way the 

shear forms. Figure 11 shows how in contrast to 

A8, the prepreg in B2 must now shear away from 

the edge, making applying tension difficult or 

impossible. This required a different approach, 
known as ‘Tool interaction shearing’ (TIS), which 

can be seen in fig. 13. Figure 12 shows how TIS 

was the only technique used by the operators in the 

sheared B3 and B2 areas. 

Laminators generally formed these areas in small 

sections, requiring a large number of repeated 

actions. Achieving the last few degrees of shear 

with TIS involves the material contacting the tool, 
which naturally lead to the process of sticking the 

prepreg to the tool surface. Unless the prepreg was 

firmly stuck to the tool after it had been sheared, the 
viscoelstic nature of the resin caused it to ‘spring 

back’. This caused prepreg to come unstuck from 

the tool, and undid some of the applied shear, 

requiring repeated actions to achieve the correct 

shear. 

TIS relies on the prepreg being securely stuck in the 

surrounding area so that it can react the tension in 

the prepreg (see fig. 13). During task B area B1 
provides an area of prepreg to secure the tension. 

However, if this area was particularly small, it 

might not be able to sufficiently react the force, 
allowing prepreg to slip across the surface. The 

professionals paid extra attention to make sure the 

surrounding areas were firmly stuck to the tool and 

most used some kind of out of plane pressure to 
help secure the prepreg during TIS.  Some of the 

other operators did not, and as a result, let the ply 

slip across the surface, requiring time consuming 
reworking to restore the correct alignment of the 

ply. 

Both novices and one of the professionals used 

small amounts of TSS as described in fig 9Error! 

Reference source not found.. The prepreg needed 
to be pulled towards, or ‘into’, the tool surface 

hence there is very limited access to areas where 

tension would need to be applied, making TSS very 
difficult to use. One of the professionals used the 

Tension-Tension Shearing (TTS) which is 

introduced in fig. 14, and described further in the 
context of task C, where it was used more 

frequently.  

5.4 Task C 
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The ply is exactly the same shape and deformation 

as task B, but with an inverted tool shape, so the 

feature now protrudes outwards from the tool datum 
surface. Figure 15 shows how it is segregated. 

Because the VFP deformation prediction for is the 

same as in task B, it was expected that the 
techniques would also the same. But this did not 

prove to be the case. Figure 15 shows how in 

contrast to task 2, a variety of alternative shearing 

techniques were used in addition to TIS.  

This diversification of techniques is caused by the 
inverse tool shape. Because the sheared areas in 

task B (B2 and B3) are recessed into the tool, the 

entirety of area B1 can be firmly stuck down prior 
to any shear being formed. This can provide a 

secure anchor region for using TIS to form B2 and 

B3. However, on task C, this cannot be achieved. 

Because the features over which the shear forms 
protrude upwards from the tool surface, areas C2 

and C3 cannot be stuck down without areas C4 and 

C5 already being sheared. However C4 and C5 
cannot be sheared using TIS without C2 and C3 

acting as anchor regions, necessitating the use of 

alternative techniques. 

Some operators overcame this by using an 
incremental approach, sequentially securing small 

sections of areas C2 and C3, then using TIS to form 

small sections of C4 and C5. Another approach was 

to initially use TTS (fig. 14) to create some of the 
required shear. The inverse shape of the tool in task 

C makes areas C4 and C5 much more accessible 

than the respective areas B2 and B3, enabling easier 
use of TTS. Once some of the required shear had 

been formed, it allowed larger portions of A2 and 

A3 to be stuck down, and form an anchor for using 

TIS. Others used TSS to apply the shear near the 
edge of the cloth. There is no identifiable trend in 

the approach taken the different experience 

laminators.  

6 Global and Local approaches 

One notable anomaly on task C which can be seen 
in fig. 15 is that area C6 received a number of uses 

of TSS and TTS despite there being no required 

shear in that region. The usage was much more 

frequent than similar areas such as B4 and A6 
which, if the likely erroneous work of the novice 

operator is ignored, only received two applications 

of any technique. This is likely to be a consequence 

of using TTS. During its use the area of prepreg 

being sheared has no direct contact with the tool. 

This means it is hard to relate the current state of 
shear to that which is required to fit onto the tool. 

As a result, both the shear angle and the exact area 

being sheared are hard to control and some shear 
was inevitably formed in sections such as C6. The 

TSS used in C6 was therefore used to correct or 

‘unshear’ the deformation that was accidentally 

applied during the earlier application of TTS. 

In contrast, the S&T technique is carried out close 
to, or on the tool surface, thus the deformed shape 

of the prepreg can be directly compared to the tool 

surface, allowing the operators to better judge when 
the required shear has been achieved. TSS is a 

compromise of the two, allowing some feedback, as 

the tows often become taut when the material is 

correctly sheared. The only significant difference 
between laminators was that novice laminators did 

not use the closely controlled S&T technique. 

The use of techniques such as TTS and TSS may be 

encouraged by having the deformation clearly 
mapped out by VFP reports. On these particularly 

geometric tools, the areas of shear are clearly 

defined. Hence it is possible to identify and then 
shear areas such as A4, A6 and A8 well ahead of 

the stuck material, promoting a ‘global’ type 

approach. On a more naturally shaped or complex 

tool, or in the absence of a VFP report the global 
approaches may not be quite as applicable. 

Operators will have to use more ‘local’ techniques, 

relying more heavily on intuition and feedback 

methods to ensure the correct shear.  

7 Smoothing and the use of ‘Dibbers’ 

For all techniques other than T&S and TIS, once the 

correct shear has been formed, the prepreg still 

needed to be stuck to the tool surface. This was 

achieved mostly by using the pad of the thumbs and 
fingers to press the prepreg onto the tool surface. 

These pads are soft, and can deform around shapes 

such as the external corners of the tools. Some of 
the laminators, especially the novices, struggled 

with the prepreg sticking more effectively to their 

gloves than to the tool. Epoxy from the prepreg was 

visibly transferred onto the gloves making them too 
tacky to work with, prompting operators to make 

regular glove changes. 
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The tools used for Task A and B feature a concave 

corner of radius 3mm on the internal corners. 

Novice and intermediate operators used a 
combination of the tip and nails of the fingers or 

thumbs to push prepreg into the tight radii as seen 

in fig. 16. This frequently caused gloves to break as 

the fingers nails cut through the latex material.  

Professional operators avoided this problem by 

using dibber tools, such as can be seen in fig. 16. 

For these mostly geometric shapes, the dibber of 

choice for both operators was a rectangular shape 
made of PTFE, which can be seen in use in fig. 16. 

The use of dibbers, especially those made from 

PTFE is controversial, with some workplaces 
banning or limiting their use [25 ].  The tips of these 

tools can have a tip much narrower than a finger, 

allowing both increased pressure, and better access 

to tight internal corners. Hard materials such as 
plastics and especially Teflon offer a much lower 

coefficient of friction than the latex gloves worn by 

laminators, and more importantly the tool surface 
itself. This allows operators to put significant 

through thickness force into the prepreg while 

sliding the dibber across the prepreg without risking 
the prepreg slipping off the tool surface. This 

appears to allow more effective sticking of the 

prepreg to the tool surface, resulting in reduced 

slippage of the plies. 

A more subtle technique which is no doubt brought 
in from previous experience is how the smoothing 

progresses across the entire tool. Consider sticking 

a long strip of sticky tape, most would always start 
at one end and then along to the other. Starting in 

two separate places would lead to the tape being 

either too loose, producing wrinkles, or being too 

tight, not allowing it to reach into corners or 
recesses. The operators instinctively treated prepreg 

in same way, starting from the edges aligned to a 

starting point and working across the prepreg to 

avoid sticking the same tow in two places. 

8 Conclusions 

In this paper three potential avenues for developing 

the existing manufacturing process were identified, 

and the current work has laid the foundations to 

start work in these areas. Whilst these three tools 
cover the basic techniques of lamination, there are 

features on the remaining unreported tools such as 

the variation of corner radii or shear angle which 

are not covered in this paper. The remaining video 

footage will be further utilised to analyse the 

remaining tools and move towards building up a 
more complete picture of lamination.  

8.1 Improve training 

Once the study has been extended is will be 

possible to predict which techniques should be used 

for the majority of features on any tool. This could 

be used to give a step by step method for any given 
layup, specifying the location and order in which 

techniques should be used. This could allow less 

experienced operators to produce parts which would 
currently require many years of practise and 

embedded knowledge to be able to tackle in an 

efficient manner. This could help to reduce 
production time and defect production on early 

parts. It cause allow improved repeatability between 

laminators, potentially allowing multiple laminators 

to work on a single part.  

8.2 Automation 
 

This catalogue of techniques may provide designers 

with a starting point to inform the detailed 
requirements for any attempt at automating aspects 

of broadsheet prepreg layup. Once suitable 

hardware has been developed the step by step 

instructions could also be used as the basis for 
controlling and programming an automated system. 
 

8.3 Evolution of the current process 

 It can also begin to provide a new level of detail for 

the ‘Design for Manufacture’ process. The work has 

shown how different features require specific 
techniques, and it is likely that the associated 

difficulty also differs between features. The 

collected video footage could be further analysed to 
investigate the relative difficulty of different layup 

features. This knowledge could be made into 

guidelines which, when combined with deformation 

simulation software would allow designers to avoid 
creating particularly difficult features, resulting in 

parts that are faster and cheaper to make.  

The work has begun to build up an understanding of 

the lamination process. Firstly it is has shown that 

the majority of lamination can be completed with a 
‘tool kit’ of just seven techniques, most of which 

may have been developed from existing skills, and 
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are used by novices and professionals alike. 

Secondly it has then been shown that there are 

consistent links between specific layup features and 
the techniques used to form them. Features which 

had similar techniques applied to them generally 

had similar shear deformations and shapes. In doing 
so it has been shown that the ‘skill’ of the laminator 

can be understood and rationalised to some degree, 

leading to the possibility of being able to ‘predict’ 

techniques based on a feature’s properties. 
However, for some features, it was observed that a 

variety of techniques were used, sometimes 

sequentially, showing that there is also scope for 
using a number of alternative approaches.  
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Fig 1: VFP diagram of Task A. (from left to right) 

Starting from a datum at the front of the tool and 
moving up out of the lower region. 

 

Starting point,   Unsheared (0ᵒ),   Sheared(20ᵒ) 

 

Fig 2: VFP diagram of Task B. (from left to right) 

Starting at the back of the tool and moving down 

into the lower region of the tool.  

 

Fig 3: VFP diagram of Task C. (from left to right) 

The shape and deformation as in task BError! 

Reference source not found., but with an inverted 

tool shape, giving a raised, rather than lowered 
feature.

 

 Fig 4: Showing examples of an individual grasp (top 

left), pressure (top right) and a technique (bottom). 

 

 
Fig 5: Guiding with two hands (G2H). Two hands 

are used to guide and support the prepreg into 

position, and often to apply the pressure for the 

initial sticking on to the tool. Seen here forming 

area B1. From left to right: Free prepreg, Aligning 

the prepreg with both hands while using the thumb 

to support the remaining prepreg, Stuck prepreg. 
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 Fig 6: One handed Aligning, (1HG). Prepreg is 

placed in an approximate position at one point on 
the datum and then held in place by one hand via a 

through-thickness force. The second hand grasps the 

prepreg and is used to align the edge of Prepreg with 

a datum, pivoting around where the other hand has 

secured the prepreg. A slight tension is applied to 

remove folds in the cloth, but it is low enough to not 

directly shear the cloth. Seen here forming area 2 of 

task 1. From left to right: Free prepreg, securing 

and aligning the prepreg, Stuck prepreg.  

 

Fig 7: (top) Task A divided up into separate areas, 
(bottom), Techniques used by professional and 

intermediate laminators.  
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Fig 8:  Manually Folding material (MF). The 

material is actively folded out of plane, to allow 
layup in concave regions. Seen here helping to form 

areas A1, A2 and A3. From left to right: Prepreg 

sheet free to move, Initial folding, and Folding using 

the finger to allow a datum to be aligned. 

 

Fig 9: Tension Secured shearing (TSS) One hand 

grasps the prepreg and applies tension to stretch the 

prepreg, causing it to shear. In order to prevent the 

prepreg coming unstuck from the tool, the second 

hand is used to apply an out of plane pressure on the 

prepreg. This generates increased friction against the 

tool, which reacts against the tension force. The 

tension is generally applied in the direction along a 

line running between the two ends of a sheared area 
that will stretch furthest apart, as shown in the 

schematic below. Seen here forming area A4. 

Clockwise from top left: Unsheared prepreg, 

Securing and grasping, applying tension and  

showing the shear deformation, Sheared prepreg.  
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Fig 10: Smoothing with tension (S&T) One hand 

is used to apply tension directly to the prepreg, 
while the other hand has the combined role of 

securing the prepreg to prevent it slipping while also 

moving across the material to help smooth and stick 

it to the tool.  Seen here forming area A6. From left 

to right: Unsheared prepreg, grasping and pressing 

on the prepreg, Tension applied while other hand 

(shown here using a dibber tool) moves along 

surface, Sheared and stuck region of prepreg. 

 

Fig 11: Showing the difference between areas of 

shear that initially appear very similar. Left: As task 

A reaches area A6 the current tow (black) has had a 

longer path from the datum than the preceding tows 

(white) because of the recessed region and ramp. 

Hence the prepreg shears away from the datum.  
Right: As task B reaches area B2, the opposite effect 

is seen, as the current (black) tow has the shorter 

path, and the preceding (white) tow has the longer 

path down through the recessed ramp. Hence the 

prepreg has to shear back towards the datum to allow 

for the difference in path length.  

 

 

 

 

 

  

 
 

 

Current tow 

Preceding tow 

Drape 

direction 

Sheared tow 

path 

Projected 

unsheared tow 

path  

Fig 12: (top) Task B divided up into separate areas, 

(bottom), Techniques used by professional and 
intermediate laminators. 
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Fig 13: Tool interaction shear forming (TIS) Shear 

is created pressing the material into recesses in the 
tool shape. The prepreg is working like a beam fixed 

at both ends, so the out of plane force creates in 

plane tension, causing the prepreg to shear, allowing 

it to deform into the recess. This technique requires 

the prepreg to be firmly secured in the bordering 

regions. Seen here forming area 2 and 3 of task 2. 

Clockwise from top left: Unsheared prepreg, 

Pressing on the prepreg, contact made with the tool 

surface, Sheared prepreg. 

 

 

  
 

 

Securing point       ,    Out of plane force           

Tension 
  

Fig 14: Tension-Tension Shear forming (TTS). 
Both hands grasp the material, and pull in opposing 

directions, causing it to stretch. Seen here in use on 

areas C4 and C5. Clockwise from top left: 

Unsheared prepreg, Grasping the prepreg with both 

hands, Applying tension, Sheared prepreg. 

 

 

Fig 15: (top) Task C divided up into separate areas, 

(bottom), Techniques used by professional and 
intermediate laminators. 
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Fig 16: Clockwise from top left: Example dibbers, 

Dibber in use, Using the finger and nail to 

consolidate an internal corner, Using the pad of a 

thumb to stick prepreg to the tool surface. 
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Abstract

This study considers the effect of prepreg properties
on the manual layup process. Commercial prepregs
were characterised in terms of shear behaviour, tack
and flexural rigidity. The materials were then laid up
by professional laminators on a series of
increasingly challenging moulds, and the time taken
to lay up each material was used as a metric of layup
performance. It was found that there is a positive
correlation between shear angle and layup time.
Considerable differences (up to a factor of 2) in time
taken to lay up different materials were also seen.
The measured properties were used as predictors in a
linear model to determine layup time, where it was
found that shear energy and tack are significant.
Lastly, some implications for the design and
manufacture of composite components are
discussed.

1 Introduction

The manual layup of pre-impregnated (prepreg)
plies is a well-established manufacturing method for
advanced composite components, and is widely used
for the manufacture of complex and high
performance products in the aerospace industry [1] .
Despite its widespread use and long history, the
process of hand-lamination remains largely
unchanged since it was first used.

Even though it is broadly accepted knowledge that
most prepreg has been designed for hand layup [1],
there is little evidence in the literature of any design
for manufacture research or any work which aims to
improve the quality, consistency or ease of
manufacture through a consideration of human
aspects and material properties.

Lamination is considered highly skilled labour, and
has been referred to as a “black art” [2], [3], perhaps

as a result of having received little attention from
research as regards the science behind it.  Rules of
thumb prevail and in many cases, laminators appear
to be given freedom to splice plies, heat up the
material and even use their own forming tools.

This work seeks to examine the role of material
choice on the hand layup process. It attempts to
identify the key aspects of a material which
contribute to the ease or difficulty of manufacturing
parts with relatively complex geometry. Focus is on
the use of prepregs with a woven reinforcement, as
these are known to have better “handling”
characteristics than unidirectional (UD)
reinforcements [4], [5] .

2 Background
2.1 Drapability/Formability

The behaviour of woven cloth is well understood,
and a large portion of this knowledge was developed
in the field of textiles [6]. As early as 1956, and
before the invention of carbon fibre, Mack and
Taylor [7] proposed the pin-jointed net model for the
fitting of woven cloth to surfaces. An orthogonally
woven cloth of inextensible fibres will act as if pin-
jointed at the warp and weft crossover points, such
that if the cloth is stretched in a direction at 45° to
the weave, it will tend to rotate about the crossover
points, as indicated in Fig. 1, producing an in-plane
shear deformation.

The deformation achievable in this mode is
considerable, but reaches a limit when the warp and
weft tows interact and lock. The included angle
between warp and weft becomes so small that warp
and weft tows begin to interact, the angle achievable
is limited due to the finite width of these tows. This
is referred to as the "locking angle".
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However, there are other deformation modes and
effects which are considered secondary and often
neglected, and these include: fibre/tow slip,
fibre/tow straightening (crimp interchange) and fibre
stretching [8].

Previous work investigating the role of material
properties on formability has generally been limited
to automated processes and usually involve forming
over a hemispherical geometry [9]. In woven cloths,
the principal deformation mode which allows them
to be fitted to complex (doubly-curved) geometries
is in-plane shear and it is this response, if any, which
is measured and evaluated for manufacture [10].
Traditionally, the adaptability of the human has been
invoked as a reason to overlook the effect of
material properties and variability on the process
[11].

It is proposed herein that even without any evidence
of deliberate efforts from manufacturers, some
prepregs are deemed by laminators to be
significantly easier to work with than others.
Furthermore, it is possible to reduce manufacturing
times considerably by choosing one material over
another. That different materials can affect layup
time has been noted in the past [12], but the aim of
this work is to develop the understanding of which
properties are significant in causing these outcomes
and to clarify the mechanisms involved.

2.2 Drape in the textiles industry

In the textile industry, there exists a very active field
known as “Fabric Objective Measurement” (FOM),
which was originated by the work of Kawabata in
Japan in the early 1970s.

The FOM requirement has been phrased by Postle
[13] as “that a necessary and sufficient set of
instrumental measurements be made on fabrics in
order to specify and control the quality, tailorability,
and ultimate performance of apparel fabric”.
However, researchers have since concluded that it is
necessary to establish reliable methods for
quantifying subjective judgements, such as the
concept of fabric “hand” or “handle”, which is an
assessment of a personal reaction to a fabric
including a component of sight and touch, among

other physical, physiological and even social factors
[14], [15].

The majority of the research was conducted in the
mid 1980s and early 90s,  and has since advanced
through the technology readiness levels, reaching
industrial implementation in the form of the
Kawabata Evaluation System (KES-F) and Fabric
Assurance by Simple Testing (FAST) [16] systems,
among other instruments generically known as
‘drapemeters’, which use a series of measurements,
such as those in [17] to provide a ‘drape coefficient’
value. The most notable example is the KES-F
system, which consists of four test instruments:
tensile and shear tester, bending tester, compression
tester and surface friction tester. The tests were
designed to measure properties which could be used
objectively to match a group of experts’ definition of
fabric handle through regression analysis [14].

2.3 Drape in composites

In composites, the problem is slightly simplified by
the (theoretically) reduced role of aesthetic
considerations and other sensory observations
relating to comfort/fabric-skin interactions (e.g.
thermal, smoothness) which have been reported as
key in the fabric industry.

Nevertheless, the aforementioned KES-F system has
been used to characterise dry carbon preforms [9],
but not extensively, perhaps due to the high cost and
scarcity of the equipment [18]. Another reason is
that the KES-F system is designed to test apparel
fabrics at “very low load levels” [19] . For example,
in the shear test, a load of 1.96N is used to shear a
specimen up to a maximum of 8° [18]. By contrast,
the woven reinforcements used in advanced
composites are capable of shear deformations
several times greater. Furthermore, in prepregs, the
loads involved are also considerably higher due to
the presence of resin.  This equipment is therefore
unsuitable for the purposes of this study; the tests
used are outlined in section 3.1. There is, however,
no accepted way of translating a set of material
properties into a ‘formability’ measurement.

During this study it became clear from interactions
with laminators that there is a subjective element to
hand layup, and that a laminator is able to express,
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to varying degrees, his or her perception of the
material’s performance in terms of its ability to
conform to the mould.

It is a generally accepted in the ergonomics field that
measures of task duration can be related to task
difficulty and operators’ perception thereof [20]. It
follows, then, that a laminator’s assessment of “ease
of layup” should correlate strongly with the time
taken to lay up a part. In a productivity oriented
environment perceptions may well be altered by
material deposition rates, assuming quality can be
maintained.

Since the outcome metric should be end-
use/application specific, it seems reasonable to
consider time taken to lay up and quality in the case
of composites, as opposed to one of the many
possible appearance/comfort related criteria seen in
textiles.

3 Experimental approach

This work follows a two-part experimental
approach: firstly, commercial prepregs (Table 1)
were characterised by a selection of tests deemed to
be relevant to hand layup scenarios. Secondly, the
same materials were laid up by professional
laminators over a series of representative moulds.

3.1 Material characterisation

At present, there is no standard methodology for the
evaluation of prepreg with regard to its layup
performance. As mentioned previously, the shear
stiffness and/or locking angle are used to give an
indication of a material’s ability to conform to
geometries. The shear response is usually
characterised using either a picture frame test or a
bias-extension test. Although neither test is
recognised in standards, they are widely used in
research. A comprehensive description and
comparison of the picture frame test and bias-
extension tests is given in [21].

The properties relevant to hand layup are assumed,
at this stage, to be some measurement of:

· Flexural rigidity
· Tack
· In-plane shear response

To measure these properties, ASTM D1388 [22] ,
ASTM D3167 [23] and a bias extension test were
used, respectively (see Fig. 2). The tests were
selected from a variety of contexts from within both
the textile and pressure-sensitive adhesives
industries.

Due to the viscoelastic nature of prepreg, its
behaviour is highly dependent on time/rate and
temperature. As a result, the tests were carried out in
a temperature and humidity controlled composites
clean room under modified test parameters to
represent the forces and rates the materials might
undergo in the hands of a laminator. Relevant
literature [24] and experimental values for the forces
exerted in grasps and while applying pressure were
used to inform the choice of test settings. For
example in the bias extension test, rather than testing
at extension rates of 1mm/min, values closer to 200
mm/min were chosen. However the response of the
material may vary significantly at other rates, as
shown in [25].

There appears to be only one precedent of the
combined use of these tests on prepreg [26], where
the authors vary the level of cure and monitor the
effect this has on “handling characteristics” as
measured by the tests. However, no evidence is
provided to support that the tests actually do
measure handling characteristics. They conclude
with a qualitative appraisal of the prepreg’s
performance in layup, which was deemed to have an
acceptable balance of properties when laid up over
an undescribed tool.

3.2 Layup trials

To test the hypothesis that some materials are easier
to work with than others, a series of moulds of
increasing complexity were designed to challenge
both materials and laminators (Fig. 3). The geometry
is similar to what might be seen in aerospace
secondary structures with a machined honeycomb
core.

The tool consists of a base, into which the mould
insert is placed and secured. The overall tool shape
remains unchanged, but the difficulty is increased by
varying the insert ramp angle (from 20° to 70°), in
increments which create a linear increase in the
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shear angle the cloth would have to undergo in order
to be successfully draped over the tool. The moulds
are made from epoxy tooling block and finished
with release wax.

Three professional laminators, all with experience of
more than one high performance industry were
tasked with laying up a single ply of each of the
prepregs over each mould, starting with the 20°
mould and progressing towards the more complex
ones.  The ply dimensions were 25 x 25 cm.

By specifying datum lines, the drape/shear pattern
was constrained in order to guarantee that the ply
was laid up consistently each time. A drape
simulation output, (produced using Virtual Fabric
Placement, an in-house kinematic drape modeller) is
shown in Fig. 4. The laminators were also briefed on
quality requirements:

· Datums must be followed
· No wrinkling allowed
· No bridging allowed

These were assessed visually after each layup by
both laminators and the lead author.

A full test consisted of a single ply of each material,
laid up over each mould (total of 40 plies per
laminator). The trials were performed in a
temperature and humidity controlled clean room, to
match the conditions under which the material
characterisation took place. Laminators were
allowed to use dibber tools, but the use of heat guns
was not permitted.

Each layup was recorded using a video camera and
the time taken was extracted from the recordings in
later analysis. The subjects were also asked to rate
the overall satisfaction with the ply after each one
had been laid down, with a score out of 10, which
includes an assessment of how easily it draped as
well as an evaluation of quality. The assumption was
that plies which take longer to lay up are perceived
to be more difficult, providing the layup quality is
acceptable.

4 Results
4.1Material characterisation

A summary of results can be seen in Table 2. Values
for flexural rigidity and peel strength were obtained
according to the notes in the pertinent ASTM
standards [22], [23].

The shear angle of the fabric was obtained from the
bias extension test using a video extensometer. The
values are plotted against force per unit width to
give the curves in Fig. 5.

Since prepreg behaviour is highly non-linear, it is
difficult to obtain a single value for shear stiffness.
Consequently, the integral of the curves in Fig. 5 is
computed using the trapezoidal rule to give a
measure of the “shear energy” required to reach the
deformation at various mould angles.

4.2 Layup times

The layup times were extracted from video files by
observation, and any non-layup time discounted.
The times were independently extracted by two of
the authors and found to be within 5% of each other.
The average time taken to lay up each material over
the moulds is shown in Table 3.

5 Analysis and discussion
5.1 Layup times: the effect of mould geometry

From Fig. 6, it can be seen that there is a noticeable
variation in the time taken by each laminator. Even
though they are all professionals, there are
differences in laminating style and techniques used,
as each laminator will have their own way of
approaching layup. For example, laminator 3 tended
to deform the cloth globally, rather than working
feature by feature, which is the style of laminator 2.

Nevertheless, Fig. 6 suggests that there is a trend
between mould angle and layup time. The
relationship appears to be fairly linear, especially up
to around 60°, the point at which some materials
begin to approach their locking angle, causing
difficulty in layup and the appearance of some
defects. In summary, the time taken to layup a
mould is dependent on the amount of shear that must
be introduced in the material.
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5.2 The effect of material

Fig. 7 shows a comparison of the average layup time
for each material for an average of all three
laminators. The results suggest that some prepregs
take significantly longer than others. For example,
material 5 takes approximately twice as long as
materials 2 and 4 to be laid up. The difference is
especially noticeable in the latter moulds where
greater levels of manipulation are required.
However, to reduce complexity, this work does not
take into account the variability within each roll,
which is a known issue with prepreg [27].

Furthermore, laminators found it very difficult to
work with materials 5 and 3 at higher shear angles.
This was observed from the dialogue during layup
and is backed up by the subjective scores. This not
only suggests that some materials are ‘quicker’ than
others, but that certain materials are perceived to be
easier to work with, and that this perception
correlates strongly with the time taken to lay up.

5.3 The effect of material properties

While there seems to be a general relationship
between shear angle and time, this section attempts
to identify the origin of the differences between the
materials.

To do this, multiple linear regression was used to
model the relationship between the dependent
variable (time) and the explanatory variables
(material properties), based on the ordinary least
squares approach. The assumption is that time is
dependent on a linear combination of shear energy,
tack and flexural rigidity and the regression
coefficients assigned to these.

Two models were considered. The first considers
only shear behaviour (in this case, shear energy) as
this is the classic metric associated with drape. The
results are shown in Table 4 and plotted in Fig. 8.

A second model was set up to include all properties,
in the form:

= ∝ + 1 ∗ 1 + 2 ∗ 2 + 3 ∗ 3

Where:
· t is the time taken to lay up

· ∝ is a constant (intercept) term
· x1, x2 and x3 are the explanatory variables:

shear energy, tack and flexural rigidity,
respectively, and are taken from Table 2

· β terms are the regression coefficients for
the explanatory variables

The models will be compared in terms of their
statistical significance as well as physical meaning.
In this study, the purpose of the linear regression is
two-fold. Firstly, it is used as a tool with which to
assess the relationship of each property on the
independent variable. The regression will also be
considered for use as a predictive model to
determine layup times from a knowledge of material
properties.

5.3.1 Shear only

The regression statistics are shown in Table 4 and
the regression is plotted Fig. 8.

Fig. 8 suggests a trend between the actual layup time
and the time predicted by the model. The statistics
strongly support that x1 (shear energy) has an effect
on layup times, which can be seen by the very low
p-value. The readers are reminded of one of the
many interpretations of this statistic, i.e. in this case,
there is a < 0.0000005 chance that the result would
occur if it is assumed that x1 does not have an effect.
P<0.05 is considered as the significance level at
which we reject the null hypothesis, which is by
default that the variable does not have an effect. The
R2 value of 0.55 is probably too low to be useful as a
predictive model.

5.3.2 All properties

If all properties are considered together, the
correlation and hence R 2 value for the model
increase considerably, which is evident from a visual
inspection of Fig. 9. As for the importance of each
predictor, it can be seen that p <0.005 for shear
energy and tack (see Table 5), which suggests that
they are highly relevant. On the other hand, flexural
rigidity does not appear to be statistically significant
in this model. This result is perhaps counter-
intuitive, but may be as a consequence of the way in
which this property is measured. Despite this, the
results do not put forward a case to discard the role
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of flexural rigidity in hand layup. However, the R 2

value of 0.72 is closer to what is required from a
predictive tool. At this stage it is worth mentioning
there are inherent difficulties in predicting human
behaviour, and for this reason, numerical values of
what might be considered a “strong correlation” are
likely to be lower than in other fields.

The β coefficients can be interpreted as the effect a
particular predictor has on the dependent variable
(time taken) if all other variables are held constant.
Hence, the magnitude of the coefficient together
with its sign are important. However, it must be
noted that the predictors have different units, so care
must be taken in comparisons. For example,
according to the model in Table 5, increasing tack
by one ‘unit’ (1N/m) would decrease layup time by
0.72 seconds, assuming other properties are not
changed. It does not seem unreasonable to suggest
that increasing tack would decrease layup times in
this experiment, as the moulds demand a good level
of tack. Likewise, decreasing shear stiffness has the
effect of reducing layup times, which also makes
sense. Clearly, this relationship is not universal and
must be bounded by an upper and lower level of
tack, since it is possible to reach a level where the
material is too tacky, making layup very difficult.
One such case is reported in [28].

Although the results strongly suggest that the
material properties considered have a direct and
measurable influence on layup times, it is possible
that a better fit could be found if other explanatory
variables are used. Future work will consider using
model selection criteria such as stepwise regressions
to add, remove and combine predictors from a
broader list in order to arrive, potentially, at a more
accurate model.

6 Implications

It is recognised that composites design and
manufacture is mostly dominated by structural
performance requirements, however, the benefits of
a deeper understanding of manufacturing
considerations are undeniable. For example,
demonstrating that simply changing a material can
so noticeably affect layup times makes material
selection a worthwhile consideration from a costing
point of view. Increasing output without any capital

expenditure is an attractive concept since the
demand for composite components is rapidly rising,
yet there is an expectation for costs to follow and
opposite trend. This cannot be supported by the
present status of technology.

Indeed, the role of tool geometry is also critical. The
results suggest that decisions in the design stage,
such as reducing the severity of a feature (in this
case, the ramp angle), can lead to large savings in
layup time.  For example, it is shown in Fig. 6 that
changing the ramp angle from 45° to 37.5° almost
halves the time taken to lay up the part.

Although this study has not explicitly considered
cured material properties, which are of course a
primary consideration, it seems that the properties
which affect layup time are not necessarily linked to
those which deliver final, as cured performance. For
instance, layup times for materials 4 and 2 are
separated by an average of a few seconds, the former
is glass-reinforced while the latter is a high
performance carbon prepreg.

Furthermore, while primary structural components
often have rigorously prescribed materials (due to
certification reasons) manufacturers of secondary
structures may be presented with a choice of
prepregs to use [29]. At this point, the findings of
this study are of value. If in addition to lower layup
times, a different material also has a lower purchase
price and/or reduced processing costs, then there is
potential for considerable savings.

This research paves the way for establishing a layup
relevant definition of drapability. It also opens up
possibilities for the design of optimised prepreg for a
specific application, if the material properties can be
translated in to raw material and process
requirements at the prepreg manufacturing stage.

Lastly, the issue of quality has not been approached
quantitatively, but slower times in this study have
been associated with quality issues, as most of the
time was spent fixing wrinkles and generating the
shear pattern. Thus, it seems that choosing materials
which take less time to lay up may be indirectly
linked to improved quality metrics, but this requires
further study.
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7 Conclusion

This study presents, for the first time, an approach
with which the effect of prepreg properties on hand
layup speed can be quantified.  The results provide
evidence to support the heuristics which are
common in industry; it may seem intuitive that tack,
shear and bending behaviours do affect layup, but
this has not been substantiated in the literature. The
role of these properties has been determined by
layup trials involving professional laminators, where
it was found that shear and tack are significant.

Furthermore, the relationships have been established
using standard tests, and it may be possible to obtain
higher fidelity models by designing custom tests
which more accurately simulate what is happening
in layup.

It appears that simply changing the material used
can result in substantial time savings, without
commensurate changes in cured material properties.
Mould geometry and feature severity also have a
quantifiable effect on task time. It is likely that
further benefits exist in terms of quality, as longer
layup times are indicative of the appearance of
defects such as wrinkling and bridging. These
outcomes can be translated into cost savings. Other
implications are that if an ideal material property set
is known, then this can be scientifically applied to
the design and manufacture of prepreg.

In summary, the present work makes a contribution
to the relatively unexplored composite design for
manufacture field, demonstrating that simple
changes and considerations can result in significant
time, quality and ultimately cost improvements.
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Fig.1: Schematic of the pin-jointed net model, tows may rotate about the crossover points (circles)

Fig.2: Schematic of the tests used to characterise prepregs

Fig. 3: Layup test moulds

Fig. 4: Mould showing datum lines (red) and shear pattern of the draped ply. Ramp angle shown as θ

θ
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Fig. 5: Force against shear angle plot obtained from the bias-extension test, for materials 1-5

Fig. 6: Time taken to lay up as a function of mould angle, average of 5 materials
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Fig. 7: Average time to lay up over all moulds, sorted by material (numbers correspond to the material code
given in Table 3). Error bars show standard deviation from the mean of all laminators

Fig. 8: Plot showing observed times vs. the times predicted from the model using shear energy only
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Fig. 9: Plot showing observed times vs. the times predicted from the model using all material properties

Table 1: Materials characterised

Material Resin Fibre Weave  Manufacturer
1 MTM49-3 Carbon 2x1 Twill Umeco
2 977-2A Carbon 2x2 Twill Cytec
3 MTM44-1 Carbon 2x2 Twill Umeco
4 913 Glass 8 HS Hexcel
5 913 Carbon Plain Hexcel
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Table 2: summary of material properties. The flexural rigidity value is an average of the 0/90° and ±45°
directions. The peel force value corresponds to the side of the prepreg which was laid down on the tool

Mould angle [°]

Material
Flexural
rigidity

Peel
force

37 45 50 55 60 63 66 70

[µJ/m] [N/m] Shear energy [J/m2] x104

1 3963.8 298.1 0.25 0.56 0.88 1.31 1.87 2.36 2.95 4.01
2 2786.3 323.1 0.27 0.50 0.72 1.00 1.36 1.66 2.13 2.76
3 2854.8 217.1 0.41 0.73 1.02 1.43 1.86 2.20 2.20 2.20
4 1534.7 359.8 0.35 0.65 0.94 1.39 2.00 2.34 2.34 2.34
5 3229.2 247.8 0.34 0.72 1.12 1.64 2.41 3.09 3.23 3.23

Table 3: Time to lay up a single ply of each material over the moulds. Average of 3 laminators.

 Mould angle [°]

Material 37 45 50 55 60 63 70
Time [s]

1 108.7 142.3 162.0 291.7 211.3 208.7 332.0
2 76.0 166.0 146.0 193.7 201.7 204.7 206.3
3 128.0 207.0 271.7 253.7 279.0 271.0 251.0
4 54.0 121.7 173.7 145.0 173.3 187.3 262.0
5 111.3 260.3 291.3 428.0 406.3 409.0 476.3

Table 4: Regression statistics for the model considering shear only

Variable β (coeff.) Std. Error tStat p-Value

Intercept 100.310 22.672 4.42 9.95 x 10 -05

x1 0.009 0.001 6.29 4.08 x 10 -07

R2 Value =  0.55,  p-Value for model = 4.08 x 10-07

Table 5: Regression statistics for model considering all material properties

Variable β (coeff.) Std. Error tStat p-Value

Intercept 289.351 91.38 3.17 3.45 x 10 -3

x1 0.008 0.00 7.17 4.67 x 10 -8

x2 -0.716 0.21 -3.35 2.11 x 10 -3

x3 0.009 0.01 0.65 5.22 x 10 -1

R2 Value =  0.72,  p-Value for model = 1.4 x 10-08
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1 Introduction  

An important design limitation of high performance 

composites is the usual lack of any sign or warning 

before failure, which is often sudden and 

catastrophic with little or no residual load bearing 

capacity. To ensure safe operation, currently a much 

greater safety margin is applied for composites, than 

for more ductile materials such as aluminium or 

steel. These notable design limitations prevent 

engineers and operators from exploiting the 

outstanding strength of carbon fibre composites, 

letting them benefit only from the high modulus to 

weight ratio. They also render these materials 

unsuitable for many applications in which loading 

conditions are not fully predictable, and catastrophic 

failure cannot be tolerated. Given these limitations 

of currently available carbon composites, high 

performance materials that fail in a pseudo-ductile 

manner are of exceptional interest and could 

potentially offer a notable increase in the scope of 

applications including transportation and civil 

engineering fields. The study presented here is 

conducted within the framework of the High 

Performance Ductile Composite Technologies 

(HiPerDuCT) programme grant, with the final aim 

of introducing forms of pseudo-ductility into high 

performance fibre reinforced composites. Probably 

the most basic and straightforward strategy to 

achieve pseudo-ductility would be the incorporation 

of new ductile fibre types and matrices, but new 

materials need extensive and time consuming 

development and evaluation which is extremely 

challenging. Another option is to create controlled 

failure mechanisms by modification of the 

architecture of the composites made of 

commercially available materials, e.g. by 

introducing designed ply discontinuities. This 

strategy offers scope for pseudo-ductility and is the 

topic of this conceptual design study.  

The key challenge of the work to be presented is to 

develop a model system, which provides 

understanding of the factors controlling how failure 

propagates along ply interfaces and through the 

thickness of unidirectional (UD) carbon fibre 

reinforced epoxy composites. This can be realized 

by the design of a suitable configuration which 

shows nonlinear stress-strain response with notable 

and detectable damage before failure, giving the 

possibility to control the failure of the specimens. 

Our most important objective was to exploit the high 

initial modulus of carbon fibre reinforced epoxy and 

the potentially nonlinear shear load transfer at layer 

interfaces. Some researchers have already used 

discontinuous ply composites for different purposes. 

Cui et al [1] executed central cut ply tests on UD 

glass/epoxy and carbon/epoxy composite specimens 

and studied the delamination fracture energy of the 

specimens. The effect of layer thicknesses and 

through thickness stresses on the fracture energy and 

delamination stress in tensile and compressive 

setups was highlighted. Taketa et al [2] reported that 

applying designed slits in conventional prepregs can 

improve the formability of the material during hot 

pressing. This new approach can produce better 

material properties than the SMC (sheet moulding 

compound) hot pressing technology. Li et al [3] 

developed the so called unidirectionally arrayed 

chopped strands (UACS) further by introducing new 

slit patterns to improve strength, material symmetry 

and flowability. Matthams and Clyne [4], [5] 

plublished a comprehensive study on the effect of 

laser-drilled holes on the tensile response of UD 

carbon/PEEK and carbon/PPS thermoplastic matrix 

composites. Various resulting fibre lengths in the 

range of 20-100 mm has been investigated, and no 
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decrease in elastic properties, but a modest drop in 

tensile strength have been reported. The original aim 

of the study was to improve the formability of the 

material, which has been assessed by applying 

significant strains during thermoforming and then 

tensile testing the UD composites. Deterioration of 

the structure, and drop in strength has been reported 

to be acceptable for up to 25% tensile strain during 

forming. Malkin [6] used cut ply prepreg to achieve 

a gradual and controlled failure in UD carbon plates 

under 4 point bending.  

Our basic concept was different from those 

mentioned above: the use of discontinuous (cut) 

prepreg plies laid up in blocks and overlapped, to 

create a zone in the middle of tensile specimens, 

where the load has to be transferred by shear stresses 

on the ply block interfaces. Nonlinear stress-strain 

response is expected, as the load transferring 

interfaces encounter damage, and the stiffness of the 

overlap zone degrades significantly before final 

failure. The present study aims at showing a novel 

concept through a model system, which can be 

optimized later using different modelling approaches 

[7]. 

 

2 Preliminary calculations 

During the design of a suitable model configuration 

for showing notable non-linearity in UD cut ply 

composite specimens, the basic criterion of pull-out 

before ply fracture is checked using formula (1). 

b
th

mf






   (1) 

where m is the number of interfaces, f is the overlap 

length, h is the full thickness of the specimen (as 

shown on figure 1), t is the summed thickness of the 

cut plies, τ is the ultimate interfacial shear stress 

(between ply blocks) and σb is the fibre direction 

tensile strength of the plies. Equation (2) shows the 

analogous calculation of tensile stress in the 

continuous plies at (shear) failure σcont. 

cont
th

mf






        (2) 

This simple criterion assumes a uniform distribution 

of shear stresses along the overlap areas, which is a 

notable simplification, but the equation is still 

applicable as a first check. The first specimen type 

has been designed to be very safe against ply 

fracture. The following setup has been used: number 

of plies within a block: 8 except for the surface 

layers with only 2 plies. This reduction is necessary 

as the surface plies are much more susceptible to 

delamination. Firstly, there is only one delaminating 

interface for these blocks, effectively doubling the 

energy release rate. Secondly there is a mode I 

component which tries to “peel off” the surface 

layers. Reducing the surface ply block thickness 

from 8 to 2 plies should be sufficient to avoid 

premature delamination initiating there. Further 

parameters: ply block thickness: tb=1 mm, full plate 

thickness: h=5.5 mm, full thickness of cut plies:  

t=3 mm, nominal overlap length: f=4 mm, number of 

interfaces: m=6, approximate interfacial strength 

τ=82.5 MPa (from [8] for Hexcel’s IM7/8552 UD 

carbon prepreg). For the specified parameters, 

equation (2) gives an estimated maximum fibre 

direction stress σcont=792 MPa (in continuous 

plies at the most dangerous cross section), 

which is well below the tensile strength of the 

composite, even allowing for stress 

concentrations. This indicates that this setup is 

very likely to produce an interlaminar shear 

failure on the overlapped interfaces, without any 

layer fracture. The average stress across the 

whole thickness is only 360 MPa. A more 

realistic analytical model has been developed by 

Pimenta et al [9] that can take the local shear 

stress peaks around the ply cuts into account. 

These can initiate some local damage before the 

whole overlapped zone reaches its shear 

strength and goes unstable. According to this 

modeling study, another setup of ply block 

thickness: tb=0.25 mm (2 plies, only 1 ply at the 

surfaces of the plate), full plate thickness:  

h=1.5 mm, full thickness of cut plies:  

t=0.75 mm, nominal overlap length: f=7 mm, 

number of interfaces: m=6 has also been 

investigated. 

 

3 Experimental 

A detailed description of the materials, specimen 

types, manufacturing, fabrication and test methods is 

given in this section. 
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3.2 Materials 

Specimens were manufactured using IM7/8552 UD 

carbon/epoxy prepreg supplied by Hexcel Co. Ltd. 

with 0.125 mm cured ply thickness, 200 g/m
2
 and 

134 g/m
2
 masses per unit area for prepreg and dry 

fibres respectively and 57.7% nominal fibre volume 

fraction. Hexcel 8552 is a toughened 180°C cure 

epoxy resin system and IM7 fibres are intermediate 

modulus carbon fibres with an elastic modulus of 

276 GPa and strain to failure of 1.9%. 

 
3.3 Specimen types and manufacturing 

Two types of specimens with different geometrical 

parameters were tested in several series. This was 

necessary, because the novel manufacturing 

approach for the specimens, and the testing 

procedure needed some adjustments during the 

study. Figure 1 shows the geometrical parameters of 

the configuration selected for testing.  

 

f g G

h

Grip 
faces

 

Fig. 1. Side view schematic to show the geometrical 

parameters of the discontinuous ply composite 

configuration tested in tension, where f is the overlap 

length, g is the gauge length for strain measurement, 

G is the free length and h is the overall thickness of 

the specimen. (Thick red lines show discontinuities.) 

 

The nominal geometric values for the two different 

specimen types can be found in Table 1. 

 

Table 1. Geometric parameters of the specimen 

types tested (Both types had reduced thickness 

surface ply blocks, and 6 shear interfaces.) 

 

Nominal 
overlap 
length 

(f) 

Gauge 
length 

(g) 

Free 
length 

(G) 

Overall 
thickn. 

(h) 

Ply 
block 
thickn. 
(tblock) 

Specimen [mm] [mm] [mm] [mm] [mm] 

Type 1 4 7 8 5.5 1 

Type 2 7 8.5 11 1.5 0.25 

 

The steps of the manufacturing route for the novel 

cut blocked ply specimens were the following:  

1 Cutting the uncured prepreg plies with a standard 

V-shape blade to the size of the plate to be 

manufactured. 

2 Cutting the uncured prepreg plies with a 25 mm 

diameter rotary blade on a CNC ply cutter to 

create the overlap zone. Leaving 5-10 mm gaps 

between the edge of the cut plies, and in the 

middle helps to keep the plies in one piece and 

makes further steps easier. Figure 2 shows the 

perimeter cut (in red) and the internal cuts (in 

green) made during ply preparation steps 1-2. 

 

250 mm

1
5

0
 m

m

10 mm 10 mm10 mm

(1
5

0
-f)/2

 m
m

 

Fig. 2. Geometry and cut pattern of the individual 

plies used for manufacturing of the cut blocked ply 

composite plates examined within the study (Red 

line shows the perimeter cut by standard V-shape 

blade, green lines show the cuts to create the 

overlapped zone, cut by rotary blade) 
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3 Laying up the ply blocks while carefully aligning 

one edge of the cut plies (preferably parallel to 

the internal cuts). It can be done by pushing the 

edges of the plies against a ground, prismatic 

piece of steel stuck on the bench. 

4 Stacking the ply blocks together with the 

previously made cuts in the same way as in step 

3. Particular care must be taken when aligning 

the cuts by turning every second ply block over 

to get the designed overlapped pattern shown on 

figure 1. 

5 Bagging up the composite plate using a suitable 

size silicone frame around the composite to 

prevent extensive thinning of the plate towards 

the edges due to resin bleed-out. A rigid top plate 

(e.g. a 2-3 mm thick Al plate) was also necessary 

to prevent the composite plate thinning around 

the overlap zone. 

6 Curing the composite laminate in an autoclave. 

7 Fabrication of individual specimens with a 

diamond cutting wheel. 

 

Figure 3 shows the resulting alignment of cuts on a 

typical longitudinal section micrograph for specimen 

type 1. It can be seen, that the alignment of the 

individual plies is not perfect, resulting in small 

steps within the vertical boundary of the resin 

pockets. The width of the resin pockets is around  

0.5 mm and the resulting minimum overlap length is 

around 3.6 mm. Figure 4 shows a typical 

longitudinal section of the overlap zone of a type 2 

specimen at a similar scale as that of figure 1 to 

enable visual assessment of the main differences 

between the geometrical setups of the specimen 

types tested within this study. It is clear from figures 

3 and 4 that the resin pocket aspect ratio is changed 

significantly, and the resulting width of the pockets 

is almost 1 mm in the case of type 2 specimens. The 

measured minimum overlap length of type 2 

specimens is 6.6 mm, almost twice as high as that of 

type 1 specimens. This parameter plays a key role in 

improving the failure stress and the nonlinearity in 

the stress-strain response. No explanation has been 

found for the increase in the resin pocket length 

despite butting the ply blocks with no gap during 

lay-up of both plates for the different specimen 

types. The resulting resin pocket dimensions 

probably depend on the local pressure and flow 

conditions inside the composite during the cure 

cycle, when the resin transforms into the liquid state 

and therefore cannot be controlled easily.  

 

 

Fig. 3. Longitudinal section micrograph of a type 1 

cut ply specimen 

 

 

 

Fig. 4. Longitudinal section micrograph of a type 2 cut ply specimen 

 

3.4 Testing procedure 

Testing of cut blocked ply UD carbon/epoxy 

composite specimens was executed under uniaxial 

tensile loading and displacement control with a 

crosshead speed of 0.2 mm/min on an Instron 

MJ6283 type 100 kN rated servo-hydraulic 

computer controlled universal test machine. Strains 

were measured using an Imetrum video gauge 
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system with a Sony XCD-SX910 type CCD camera 

by tracking speckle patterns made by spray paints 

or paint markers on the specimen surfaces. Strain 

measurement has been done on one edge of the 

specimens. This was necessary, because we wanted 

to test the most rigid setup by reducing the free 

length of the specimens to the minimum to avoid 

excess strain energy stored in the continuous part of 

a longer specimen potentially making the 

specimens fail prematurely. The visibility of the 

specimen faces was blocked by the almost 

completely closed grip faces, therefore strain 

measurement had to be done on an edge of each 

specimen. Other strain measurement options such 

as clip gauge or strain gauges were not suitable 

because of the restricted space around the specimen 

(see figure 5).  

 

 

Fig. 5. Type 1. cut blocked ply overlapped 

specimen in the grips 

 

Please note, that the grip faces had 4 mm wide 

inclined sections each side where there was no 

contact to the specimen and therefore no gripping 

effect could take place. That is why the grips appear 

to be closed completely on figure 5 for a type 1 

specimen test, where the nominal free length is the 

minimum achievable 8 mm. Good lighting 

conditions were crucial to make sure a good quality 

video could be obtained for strain measurements. 

Figure 6 shows the overall test setup with a high 

power studio light positioned overhead, because

 this was the only possible way to get enough light 

in between the grip faces. An X-Y stage was used 

to move the fixed focus object-space telecentric 

lens mounted on the CCD camera to the right object 

distance for sharp, focused images. Details of the 

optical setup can be found on figure 7. 

 

Studio light

Hydraulic 
wedge 
grips

Videogauge camera

Hydraulic test frame

 

Fig. 6. Overall test setup for tension tests 

 

X-Y stage

Hydraulic 
wedge 
grips

Videogauge
camera

 

Fig. 7. Videogauge camera setup with telecentric 

lens and X-Y stage 
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4 Results and discussion 

Figure 8 shows typical tensile stress-strain curves of 

specimen type 1. Multiple curves appear on the 

graph because double targets were tracked during 

the tests to improve accuracy. The test curves have 

a notable scatter, because the displacements of the 

targets to be tracked by the videogauge system were 

very small due to the high stiffness and short gauge 

length of the specimens. Figure 8 shows two sets of 

curves because the resin pockets visible on figure 3 

cracked at around half of the final failure load, 

causing a horizontal shift and change of stiffness of 

the specimens. This effect was highlighted by 

stopping the test at around the 80% of the failure 

load, unloading and loading the specimen up to 

final failure in a second run. Figure 9 shows the 

evidence for resin pocket cracking on an interrupted 

test specimen after applying a UV dye. The 

microscope image has been taken under UV light. 
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Fig. 8. Typical stress-strain curves of a type 1 

specimen showing resin pocket failure in the first 

run 

 

Figure 10 shows the individual stress-strain graphs 

of type 2 specimens. During the tests of this 

specimen type only one target was tracked as it was 

confirmed in the earlier series, that the 

discrepancies between strains obtained from 

multiple targets were acceptable and the lower 

thickness of these specimens indicated the use of a 

single target within the thickness. Strain data of this 

specimen type was much more stable due to the

 lower specimen stiffness resulting in almost three 

times higher strains to failure than those of series 1. 

Please note that the curves of figures 8 and 10 show 

the responses of the overlap regions of the 

specimens only, as gauge lengths were set to be just 

a little bit higher than the overlap lengths, sufficient 

to allow a suitable area for the videogauge targets. 

Table 2. shows the summary of the test results of 

the different specimen types. 

 

 

Fig. 9. Image taken under UV light of a type 1 

specimen after an interrupted test and dye 

penetration (Green patches show the UV dye 

coming out of the resin pocket cracks.) 
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Fig. 10. Stress-strain graphs of type 2 specimens 

 

The most important differences between the two 

specimen types are their different ply block 

thicknesses and overlap lengths which resulted in 

different failure types and stress-strain responses. 
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Table 2. Tensile test results of specimen types examined (terms in brackets indicate the coefficients of variation 

of the test data in %) 

 
Number of 

specimens tested 
Actual overlap 

length (f) 
Ply block thickness 

(tblock) 
Initial modulus 

Failure 
stress 

Strain to 
failure 

Specimen [-] [mm] [mm] [GPa] [MPa] [%] 

Type 1 6 3.6 1 103 (8.8) 322 (3.2) 0.37 (8.7) 

Type 2 3 6.6 0.25 122 (4.9) 1055 (1.2) 1.12 (3.3) 

 

In a discontinuous ply UD composite specimen (see 

figure 1), where tensile load has to be transferred 

from one half to the other by shear on multiple 

interfaces within the overlap zone, two basic failure 

types are expected (assuming that fracture of the 

ply blocks is avoided by careful design): 

1 The approximately uniform shear stress on the 

interfaces reaches the shear strength of the 

interface and the specimen fractures suddenly 

without any stable crack propagation. 

2 Stable mode II crack propagation takes place 

before final failure of the specimen, reducing the 

load carrying area of the interfaces up to a point 

where the test goes unstable. 

Type 1 specimens typically show the first type of 

failure because of the thick and therefore stiff ply 

blocks which do not extend enough to disturb the 

uniform shear stress distribution on the interfaces 

significantly. The short overlap length also helps to 

keep the variation of shear stresses down. Figure 11 

shows the side views of the failed specimens. The 

average failure stress observed during the tests 

agrees well with the predictions given in section 2, 

especially if we take the actual overlap length of 

~3.6 mm rather than the nominal value into 

account. The variation in the overlap length is due 

to manufacturing factors as resin pockets of  

~0.5 mm width formed during the autoclave curing. 

The effective overlap length can be observed on the 

longitudinal-section micrographs of figure 3 and 4, 

being the shortest distance along the longitudinal 

axis between the corners of the two opposite resin 

pockets. An updated prediction for type 1 

specimens using f=3.6 mm gives an average failure 

stress across the whole plate thickness of 324 MPa 

which is a very good estimation obtained from a 

basic model. 

Type 2 specimens failed in another way showing 

significantly non-linear stress-strain response 

before final failure which is characteristic of the 

second type of failure. The maximum stress and 

strain of this specimen type was significantly 

improved by the longer overlap lengths and the 

resulting much higher total interface area/specimen 

cross sectional area ratio, but the achievable 

maximum stress was limited by crack propagation.  

 

 

 

Fig. 11. Edge views of failed type 1 (left) and 2 

(right) specimens respectively 

 

The lower ply block thickness (higher compliance) 

combined with longer overlap length resulted in 

significant displacements of the adjacent blocks 

around the resin pockets and therefore a non-

uniform shear stress distribution along the overlap 

with peaks around the discontinuities. These stress 

peaks made relatively early damage formation and 

accumulation possible. As a result of the higher 

tensile stresses in the ply blocks due to higher shear 
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load transfer capacity of the longer overlap zone, 

the mode II energy release rate became high enough 

to drive delamination and the sufficiently long 

overlap length made it stable by providing enough 

residual load transfer capacity even after limited 

crack propagation. The average shear stress 

calculated on the initial total area of the six 

interfaces was only around half of the shear 

strength of the interface at final failure of the 

specimens. This suggests a significant reduction of 

load bearing capacity on the interfaces because of 

damage (reduced load transfer capacity) and/or 

crack propagation (reduced load transferring 

interface area) both rendering a notable part of the 

total interface inactive. The images taken for strain 

measurement purposes also indicate limited stable 

crack propagation before final failure. The non-

uniform nature of the shear stress distribution, and 

the observed crack propagation before final failure 

invalidated the use of the average failure stress 

calculated with the simple tool of equation (2) for 

failure prediction in the case of this geometry. 

In the case of both specimen types the specimens 

failed fully in the preferred way along the sheared 

interfaces and through the resin pockets showing no 

significant fibre fracture. In the case of thinner ply 

blocks of type 2 specimens, the resin pockets did 

not fail earlier than the final failure, or it was such a  

minor damage event that it was not detectable on 

the stress-strain graphs. A possible reason for this is 

that the longer overlaps of type 2 specimens 

combined with lower ply block thickness resulted in 

a negligible role of the relatively low stiffness resin 

pockets in tensile load transfer unlike in the case of 

the thick ply blocks of type 1 specimens. Basically 

the ratio of sheared interfaces, (loaded in mode II) 

to those loaded in mode I (on the transverse 

direction walls of the resin pockets) has been 

changed significantly. Overall, the lower ply block 

stiffness and the sufficiently high overlap length in 

the case of type 2 specimens made it possible to 

show significant nonlinearity due to progressive 

damage on the interfaces before sudden rupture in a 

material, which usually behaves linearly and fails 

explosively under UD tension if tested in a 

continuous fibre reinforced form. 

 

 

 

 

5 Conclusions 

1 A new manufacturing technique was developed 

for cut blocked ply unidirectional carbon/epoxy 

laminates producing very well controlled 

discontinuous ply model specimens. 

2 Two different specimen types were compared, 

and the second with 0.25 mm ply block 

thickness, and 6.6 mm overlap length showed 

significantly nonlinear stress-strain response 

before failure. 

3 The reason for different stress-strain 

characteristics within the different specimen 

types was the difference in the ply block 

stiffness due to the thickness and variable 

overlap length. The thinner ply blocks and the 

higher overlap length of type 2 specimens 

resulted in higher stress and strain to final 

failure, because the total area of sheared 

interfaces was increased. The significant 

increase of strain to failure caused higher mode 

II energy release rate in the overlap zone 

allowing for crack propagation on the interfaces 

before final failure. The sufficiently long 

overlap zone provided enough residual load 

transfer capacity after crack initiation to make 

propagation stable for a limited extent.  

4 A more favourable and controlled overall stress-

strain response was shown for type 2 specimens 

compared to that of continuous UD composites 

which exhibit linear behaviour before sudden 

failure. Almost as high initial modulus was 

achieved as that of continuous fibre reinforced 

UD specimens. The reasonably high maximum 

stress (above 1000 MPa) was reached after a 

significant reduction in stiffness, which indicates 

progressive damage on the ply block interfaces 

before final failure. These results are even more 

notable, considering that the specimens had no 

continuous fibres between the grips. 
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1 Introduction 

Fiber reinforced resin matrix composites have been 

widely used in aerospace, automobile, architecture 

and many other industries owing to their superior 

mechanical properties [1-3]. In virtue of the process-

induced residual stress, which is caused mainly by 

the mismatch in coefficient of thermal expansion 

among tools, matrix and fiber, secondarily by the 

chemical shrinkage of thermoset resin as well as the 

tool-part interaction during cure, composite parts 

often warp when they are removed from the tools [4-

8]. The distortion will adversely affect the 

dimensional accuracy and mechanical properties of 

composite parts. Hence, it is crucial to evaluate the 

residual stress in the design of composite parts 

manufacturing. 

In the recent past, trial-and-error procedures were 

widely used to straighten the distortion, which were 

imprecise, costly and time-consuming in most cases. 

With the development of computer technology and 

finite element method, the finite element analysis 

(FEA) combined with experiments has been used as 

an efficient tool to estimate the evolution of the 

internal stress, and then to optimize the production 

process [9-23]. 

Thermoset resin cure is a complicated process 

during which the matrix with linear macromolecular 

chains transforms to a non-fusible and insoluble 

three-dimensional network structure through cross-

linking reaction. It’s definite that the residual stress 

and deformation are generated in this circumstance. 

In FEA, an applicable constitutive model for the 

composites is significant in order to exactly simulate 

the evolution of the mechanical performance of the 

composites. The mechanical properties of resin 

matrix show pronounced viscoelasticity during cure 

[24]. It’s difficult to precisely model the viscoelastic 

behaviors of anisotropic resin matrix composites 

when the cure advances. Furthermore, the numerical 

codes of viscoelastic models are rather complex, and 

the deficiency of computational resources should be 

considered as well. As a consequence, the elastic 

models are widely used in FEA instead [11, 13, 23]. 

Bogetti and Gillespie [11] applied a one-dimensional 

elastic model to explain the relationship between 

gradients of temperature and degree of cure, and 

then predict the residual stress and effective 

mechanical properties of thick-section thermoset 

laminates. Johnston et al. [13] presented a “cure-

hardening, instantaneously linear elastic” 

constitutive model to analyze the five major sources 

of process-induced deformation identified from 

literatures for L-shaped laminates during autoclave 

process. Wang et al. [23] assumed that the material 

system used in their study was elastic, and on this 

premise, they obtained the relationship among the 

degree of cure, the volumetric change rate and the 

temperature by FEA, which provided an effective 

method for process optimization. 

Although the elastic model is extremely mature in 

FEA, it is more accurate to depict the intricate 

thermoset composites by a viscoelastic model than 

by an elastic model. Consequently, more and more 

researches have been carried out in this field [18, 21, 

25, 26]. Clifford et al. [18] used a three-dimensional 

anisotropic thermo-viscoelastic formulation to 

evaluate the dimensional stability of the V-shaped 

asymmetric cross-ply laminates. Li et al. [21] 

utilized the finite element software ABAQUS to 

predict the full field warpage profiles of the 

integrated T-shaped structures based on the thermo-

viscoelastic theory. Kim and White [25] introduced 

a two-dimensional viscoelastic model to investigate 

the development of residual stress in thick composite 

laminates. The thermo-chemical viscoelastic 

constitutive equations coupled with a thermo-
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chemical process model were adopted by Hwang et 

al. [26] to analyze the residual stress of an aluminum 

liner-inserted polymer composite cylinder, which 

was used for rocket fuselage. 

In this study, both the anisotropic elastic model and 

the anisotropic viscoelastic model are introduced to 

predict the residual stress and deformation of fiber 

composite laminates by FEA. Thus, a comparison 

between them is made to analyze how the two 

models affect the residual stress and deformation of 

composite laminates in different ways. Based on the 

analysis, we can decide which model is the proper 

choice corresponding to specified conditions in FEA. 

In the end, the analysis on the mechanism of the 

residual stress and deformation is made. 

2 Theoretical Models 

2.1 Thermo-Chemical Model 

The unsteady and nonhomogeneous temperature 

distribution in the composites is an important cause 

for residual thermal stresses, which can be obtained 

by coupling the transient heat transfer with the inner 

heat source. The three-dimensional governing 

equation of the Fourier’s heat conduction is as 

follow [27]: 

 c p c c( ) , 1,2,3ij

i j

T T du
c K H i j

t x x dt
 

  
   

  
   

(1) 

where c and cp are the time-dependent density and 

specific heat of the laminates, respectively. Kij is the 

equivalent thermal conductivity in different 

directions of composites. Hc is the total heat of 

reaction, T is the absolute temperature, and u is the 

degree of cure. The needed parameters in this 

equation are listed in Table 1 [11, 27]. 

The boundary conditions are as shown below: 

( )T T t                                                                 (2) 

0
T

K
n


 


                                                            (3) 

where T(t) is the typical temperature profile of cure 

cycle for the graphite/epoxy, as shown in Fig. 1. The 

Eq. 2 and Eq. 3 are exerted to the material surfaces 

and symmetric surfaces, respectively. 

The initial conditions are T(0) = T0 and u(0) = 0. 

2.2 Cure Kinetic Model 

An autocatalytic cure kinetic model is chosen to 

describe the evolution of the curing degree for 

AS4/3501-6, the type of graphite/epoxy composite 

we choose in this study, as follows [28]: 

1 2

3

( )(1 )(0.47 ) ( 0.3)

(1 ) (0.3 )

K K u u udu

K u udt

   
 

      

(4)

                                                                                     
                                         

 

e ( 1,2,3)
jE

RT
j jK A j



 
                                         

(5)
                                                                                                                       

 

where Kj is the rate constant, R the gas constant, Ej  

the activation energy, and Aj the pre-exponential 

coefficient. All of the aforementioned properties for 

this kinetic model are presented in Table 1. 

2.3 Mechanical Models 

For the elastic model in this study, the relationship 

between stress and strain can be described by the 

following equation [16]: 

total tc

0{ } [ ]({ } { }) { }E     
                         

(6)
                                                                                                                 

 

where { } , 
0{ } , 

total{ } , 
tc{ } , and [ ]E

 
are the 

internal stress, initial stress, total strain, thermo-

chemical strain and elastic modulus tensor, 

respectively. The thermo-chemical strain 
tc{ }

 
is 

the simple sum of the thermal strain 
th{ }  and 

chemical strain 
c{ } , where 

th{ }  and 
c{ }  can be 

expressed as [23]: 

th

1 2 3{ } { , , ,0,0,0} T                                 (7)                                                                            
 
 

c c c c

1 2 3{ } { , , ,0,0,0}   
                                     

(8)
                                                                                                        

where T is the temperature variation, 
i  and 

c

i  

are the thermal expansion coefficient and chemical 

strain in three directions of the composite, 

respectively. 
c

i  is a variable related to 
c

m , which 

can be calculated according to the micromechanical 

theory [11]: 

c 3
m sh1 1u V     

                                            
(9)

                                                                                         
 

where u is an incremental change in the degree of 

cure, and Vsh is the total specific volume shrinkage 

of the completely cured resin. 

A viscoelastic model is used to compare with the 

elastic model mentioned above in this study. Linear 

viscoelasticity is a commonly used approximation, 

where the stress linearly depends on the strain rate. 

The stress of the linear viscoelastic materials with 

thermorheologically simple behavior, such as 3501-
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6 epoxy, can be calculated by the following equation 

[25, 29]: 

' total tc

0
( ) ( ( ) ( )) [ ( ) ( )]

( , 1 6)

t

i ij j j

d
t Q t d

d

i j

        


  

 


 
(10)

                                                                           
 

where Qij is the cure- and time-dependent effective 

stiffness matrix, and   is a dummy time-integration 

variable.   and 
' , named reduced time, are forms 

of time combined with temperature and degree of 

cure, and can be calculated as: 

0
T 0

( )
( , ( ))

t ds
t

a u T s
  

                                         

(11)  

   

'

0
T 0

( )
( , ( ))
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a u T s
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T f

1
log( ) 1.4exp 0.0712 ( )

1
a T T

u

  
          

(13) 

where Ta  is the shift factor, 
0u  and fT  is the 

reference degree of cure and temperature defined as 

0.98 and 303K, respectively; s is the time integration 

variable. 

In this study, the material is transversely isotropic in 

2-3 plane. The effective stiffness matrix is expressed 

as [30]: 

11 12 13

12 22 23
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( , )ijQ u   can be signified as a form of exponential 

series for thermal-rheologically complex materials 

[25, 31]: 
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(17)

                                          

where ijQ
 and 

u

ijQ  represent the cure-dependent 

fully relaxed stiffness and unrelaxed stiffness, 

respectively; Rp is the partition factor. When Rp is 1, 

the material doesn’t relax, and when 0, the material 

fully relaxes after sufficient time. Rp is 0.14 for the 

material system in our study. According to the 

validation of experiments, 
ijQ

 and 
u

ijQ  are assumed 

as constants for simplicity [32]. The values of 
u

ijQ  

are listed in Table 2. 
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  (20) 

Wm and m are the weighting factor and relaxation 

time of the m
th
 branched chain, respectively, which 

are simplified as cure-independent. The values of 

them are provided in Table 3 [25]. 

3 Model Verification 

In this study, a flat plate with graphite/epoxy 

composite system, which is also used in the 

following research, is applied to validate the process. 

The dimensions of the uniform flat plate are 15.24 

cm × 15.24 cm × 2.54 cm. The commercial software 

COMSOL Multiphysics 4.3a is applied to develop 

the finite element model. The constituent properties 

of the flat plate are listed in Table 1. The typical 

temperature profile of cure cycle and the comparison 

of results for process verification are shown in Fig. 1 

and Fig. 2, respectively.  

As depicted in Fig. 2, the curves of temperature and 

degree of cure calculated by this process coincide 

with those in references [25, 27] well within the 

permitted error range. 

4 Results and Discussion 

In this section, the laminates with the dimensions of 

30 cm × 14 cm × 2 cm and [0/45] ply sequence are 

studied. The maximum deformation is indicated by 

the maximum absolute value of the displacement in 

the thickness direction (z-component) of the 

laminates. 

4.1 Curing Parameters of Laminates 

The thermal-induced strain and cure-induced strain 

are determined by the temperature field and degree 

of cure field [23]. Fig. 3 shows the evolution of the 

temperature and degree of cure for AS4/3501-6 at 

the surface point, central point of the upper layer and 

central point, respectively. Owing to the poor 
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thermal conductivity of the material, the surface 

point is heated fastest among the three points. In 

virtue of the same reason and the curing exotherm of 

resin, the heat in the central region of the laminates 

is unable to transfer to surroundings timely and 

induces an exothermal peak in the temperature curve 

of the central point. The same drift can be found in 

the temperature curve of the central point of the 

upper layer, though the exothermal peek is a bit 

lower. Because of the tight coupling relationship 

between the fields of temperature and degree of cure, 

the curves of the degree of cure present a 

corresponding trend as shown in Fig. 3(b). 

4.2 Maximum Deformation of Laminates 

Six control groups (including two repeated groups) 

with different compositions are calculated by elastic 

models and viscoelastic models, respectively. In this 

simulation, we assume that the fiber volume fraction 

(Vf) is 0.2, 0.5 and 0.7, respectively, when the resin 

curing shrinkage (Vsh) is 5%, as shown in Fig. 4(a). 

Another condition is that Vsh is 1%, 3% and 5%, 

respectively, when Vf is 0.5, as shown in Fig. 4(b). 

Fig. 4(a) depicts that the maximum deformation 

diminishes with the increase of Vf, and the gap 

between the two models decreases simultaneously. 

Due to high modulus, the carbon fiber is qualified as 

elastic material. With the increase of fiber content, 

the properties of the laminates are fiber-dominated, 

meanwhile, the viscoelasticity of composites is 

weakened gradually. What’s more, the maximum 

deformation rises with the increase of Vsh and the 

difference between the two models increases as well. 

This is because that the viscoelasticity of composites 

is improved with the increase of Vsh. 

4.3 Deformation Contour of Laminates 

At the initial stage of cure process, the resin is 

viscous fluid and the stress developed in this case 

almost relaxes immediately [32]. As a result, there is 

not internal stress induced by chemical shrinkage 

and thermal expansion. In this study, it is assumed 

that the gel point is u = 0.57, where the thermal 

strain and chemical strain begin to work [24]. At 

nearly the time 14400s, the process begins to enter 

the cooling stage, at which the thermal effect plays 

an important role and the chemical effect almost 

vanishes due to curing reaction being to the end. 

Ultimately, the contours of the deformation which is 

caused by the coaction of aforementioned factors are 

presented in Fig. 5. 

It can be seen that the laminates warp diagonally in 

virtue of the component of fiber. Generally, the 

coefficient of thermal expansion of the matrix is 

considerably larger than that of fiber. In other words, 

the coefficient of thermal expansion of the laminates 

in the direction of fiber axis is much smaller than the 

one perpendicular to the fiber axis; meanwhile, the 

modulus of the composites is just the opposite. As a 

result, the deformation perpendicular to the fiber 

axis is more obvious than the one parallel to the 

fiber axis. The divergence mentioned above is 

expressed as material warpage as shown in Fig. 5. 

As a whole, the volumetric reduction of the 

laminates reveals that the chemical shrinkage of the 

resin and the thermal shrinkage of the laminates play 

more effective roles than the thermal expansion of 

the laminates during the cure process. Moreover, the 

deformation calculated by the elastic model is larger 

than the one by the viscoelastic model, as shown in 

Figs. 4 and 5. This difference is resulted from the 

viscoelastic stress relaxation. Essentially, the relaxed 

stress is consumed to overcome the friction force 

induced by the movement of macromolecular chain 

segments during cure, which should be considered in 

the research. 

5 Conclusions 

Due to the viscoelastic property of resin, the 

maximum deformations calculated by elastic models 

are larger than those by viscoelastic models. The 

difference between them depends on the fiber 

volume fraction and the curing shrinkage of resin 

mostly. Under the condition of the same resin curing 

shrinkage, if the fiber volume fraction is large 

enough, the difference between the two models is 

tiny. In this case, the elastic model can be adopted in 

numerical simulations so as to save the calculation 

time and simplify the codes. If the fiber content is 

the same, the increase of the resin curing shrinkage 

will make the simulated results reversed. 

This method is also suitable for the numerical 

analysis on the cure-induced deformation of the 

other composite materials, and it may be valid to 

decrease the computational time and resource 

without reducing the accuracy. 
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Table 1 Crucial thermal physical properties and cure 

kinetics of graphite/epoxy 

Parameter Value 

ρc (kg/m
3
) 1578 

cp (J/kg K) 862 

Kxx (W/m K) 12.83 

Kzz (W/m K) 0.4135 

A1 (min
-1

) 2.012 × 10
9
 

A2 (min
-1

) -2.014 × 10
9
 

A3 (min
-1

) 1.960 × 10
5
 

E1 (J/mol) 8.07 × 10
4
 

E2 (J/mol) 7.78 × 10
4
 

E3 (J/mol) 5.66 × 10
4
 

R (J/mol K) 8.31434 

Hc (kJ/kg) 198.6 

Table 2 Effective stiffness of AS4/3501-6 

Property Value 

Q11(GPa) 127.4 

Q12 (GPa) 3.9 

Q22 (GPa) 10.0 

Q23 (GPa) 4.9 

Q66 (GPa) 4.1 

Table 3 Weight factor and relaxation time for AS4/3501-6 

(u = 0.98) 

      m τm (min)                  Wm 

1 29.2                 0.059 

2 2.92 × 10
3
                 0.066 

3 1.82 × 10
5
                 0.083 

4 1.10 × 10
7
                 0.112 

5 2.83 × 10
8
                 0.154 

6 7.94 × 10
9
                 0.262 

7  1.95 × 10
11

                 0.184 

8  3.32 × 10
12

                 0.049 

9  4.92 × 10
14

                 0.025 
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Fig. 1. Typical temperature profile of cure cycle for the 

graphite/epoxy 
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Fig. 2. Comparisons of the results for process validation 
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Fig. 3. Temperature and degree of cure histories for the 

graphite/epoxy laminates at different points 
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(a) Resin Vsh = 5% 
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(b) Fiber Vf = 0.5 

Fig. 4. Contrast of maximum deformations calculated by 

the two models under different conditions 

 

(a) Elastic model 

 

(b) Viscoelastic model 

Fig. 5. Contours of the deformation calculated by the two 

models, when Vf = 0.5 and Vsh = 5%  
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1 Introduction 

Composite materials, especially carbon fiber 

reinforced plastics (CFRP) with continuous carbon 

fibers, are widely used in the Aerospace industry. 

Thanks to their unique specific properties, CFRPs 

allow realizing lightweight structures with high 

mechanical performance. However, the potential of 

these materials remains rarely employed to its full 

extent while designing customized materials that 

are locally matching the spatial distribution of the 

stresses within a whole structure. Laminates can be 

tailored by optimizing its lay-up and number of 

plies. Thickness variations are obtained by locally 

adding or dropping plies in the structure. The 

developments realized during the last decade about 

composite optimization methods enable to optimize 

both stacking sequences and thickness variations 

[1]. However those methods do not account for 

many industrial design guidelines, particularly those 

related to thickness variations (e.g., ply drops). In 

this context, this study demonstrates the feasibility 

of a combined lay-up and thickness optimization in 

the case of a satellite part, while respecting the 

design guidelines and the manufacturing constraints 

that are specific to laminate composite structures. 

 

In this study, an original optimization method, 

specific to composite laminates, has been developed 

and is presented in the related paper [2]. Here, the 

method is applied for a real structure intended to 

Space application. Section 2 of this article briefly 

presents the specifications of the structure, its 

design constraints, as well as the modeling work. 

Section 3 reminds the main features of the 

optimization method. The results are discussed in 

the last section. It is shown that it is possible to 

increase the stiffness and reduce the total mass 

simultaneously. Significant performance gains are 

observed when new designs are compared to the 

reference one provided by classical design approach 

without optimization. A brief comparison of the 

possible gains for a laminate of 2D-woven fabrics 

and a laminate of UD prepreg plies is presented to 

identify the best technological solution.  

2 The optimal design problem 

2.1 Satellite antenna mounting bracket 

The composite part presented in this paper is a 

satellite antenna mounting bracket, as shown in 

Fig.1. The bracket provides the mechanical 

connection between the satellite structure and the 

mounting stand of a telecom antenna, both made of 

CFRP materials. The bracket is also expected to 

minimize the differential thermal expansion due to 

large temperature changes throughout the satellite’s 

orbit. Initially made of titanium alloy, the bracket 

needs a new design intended for the use of 

composite materials with respect to the following 

specifications: 

 Stiffness, through its first natural frequency in 

order to keep the antenna aligned with its target. 

 Strength. Resistance to a given critical load case 

in order to ensure full functionality when 

mechanical stresses peak. 

 Mass. Overall net mass of the composite bracket 

must not exceed the mass of the titanium alloy 

one. 

 

In this context, the company MECANO I&D, in 

collaboration with ONERA, developed a new 

solution, as shown in Fig.2, by replacing the 

original material by a CFRP made through ‘resin 

transfer molding’ (RTM) of a preform of 2D-woven 
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fabrics. This new solution resulted in reducing the 

mass by 35%. This result was achieved without 

numerical optimization. Prototypes of the new 

bracket have been built and tested to validate the 

concept and its performance, with satisfactory 

results. The purpose of this work is to explore the 

opportunities for improvement provided by the 

parametric optimization of the bracket. 

2.2 Formulation of the optimization problem     

The multiobjective optimization problem of a 

laminate generally consists in finding the possible 

trade-offs between two or more objectives while 

manipulating variables, such as the number of plies, 

their order and their orientations. This differentiates 

it from the feasibility problem solved before the 

design step. A constrained multicriteria 

optimization problem can be formulated from the 

specifications detailed in section 2.1. The objectives 

are to maximize the first natural frequency and 

minimize the total mass of the bracket. The 

optimization variables are the stacking sequences, 

the order of the inserted plies, and the number of 

plies per zone. These zones represent distinct 

regions of the bracket where its thickness and 

material properties do not vary. Each zone may be 

directly identified from the geometry of the 

composite structure. Constraints are divided into 

two categories. The first one gathers analysis 

constraints, that are most likely mechanical 

quantities to compute, and often as costly as 

evaluations of the objectives. In the case of this 

study, a simple failure criterion is required. The 

second category gathers design constraints; here 

design guidelines; which intervenes essentially 

while generating a solution, with relatively low 

costs. These allow introducing notions of composite 

know-how in the optimization process to get closer 

to the reality of the design problem, but also 

integrating manufacturing constraints while solving 

the problem. All these constraints contribute to 

result in feasible composite solutions. 

2.3 Laminate design guidelines     

The laminate design guidelines, created from 

known manufacturing issues and feedbacks in the 

industry [3,4,5], make a representative set of 

industrial constraints for composite structure pre-

design. 

 

The laminate design guidelines, particularly 

restrictive on the combinations and permutations 

about stacking sequence variables, may be 

summarized as follows:  

 Symmetry of the sequence about the mid-plane. 

This guideline aims at eliminating the couplings 

between membrane and bending behavior, and 

avoiding residual strains that may result within 

the laminate.   

 Balance of the sequence between +θ° and –θ° 

plies. This guideline aims at eliminating the in-

plane couplings between shear and traction.  

 Contiguity, i.e. no more than two plies with the 

same orientation should be stacked together. 

This guideline aims at reducing the damage 

phenomena sensitive to the thickness of the 

layers, such as free edges effects or matrix 

cracking.   

 Disorientation limited to 45° between two plies. 

This rule minimizes the effects of interlaminar 

shear, and limits the problems of delamination at 

free edges.  

 A proportion of 10% for each 0°, ±45° and 90° 

oriented plies. This guideline prevents that the 

behavior of the matrix becomes dominant on the 

overall behavior of the laminate in some 

directions, and minimizes the Poisson ration of 

the whole laminate. 

 Damage tolerance improvement through ±45°-

oriented surface plies protecting the most 

stressed plies whose orientations are closer to 

the main loading direction. This guideline aims 

at limiting the consequences of any surface 

damage and possible scratches. 

 

Thickness variations along the structure are ensured 

by tapering the laminate through ply drop-off as 

illustrated in Fig.3. Dropping a ply off may locally 

weaken the structure through delamination. So 

sequencing the ply drops is a task to achieve with 

caution, considering six ply-drop design guidelines 

intended for aerospace structures: 

 Covering the laminate with continuous surface 

plies, 

 Taper angle smoothed to 7°, i.e. a minimal 

stagger distance about eight times the total 

thickness of all the plies dropped, 

 Dropping off a maximum of two plies at the 

same time, 

 Adjacent ply drops limited to three, 
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 Ply drops alternatively far from and close to the 

mid-plane, 

 Laminate design guidelines to extend to tapers. 

These guidelines also make the structure more 

resistant to micro-buckling and improve their 

manufacturability.  

 

In addition to these local guidelines, two more 

global rules exist, specific to taper composites: 

 Continuity, i.e. all the plies from the thinner 

panel are expected to be kept within the 

structure to ensure structural continuity. 

 Δn-rule, i.e. the number ply drops is limited 

between distinct zones to minimize stress 

concentrations.  

2.4 Model and parameters     

The pre-design FE model consists in a shell model 

of the composite part mid-layer. The model is 

developed with ABAQUS as shown in Fig.4. The 

mesh is composed of reduced integration 

quadrangular shell elements. Thicknesses and 

composite lay-ups can be assigned to each element 

or element set. As a consequence, stacking 

sequences are parameterized within the model 

without modifying the mesh. Thus, the 

parameterization of the model only consists in 

composite lay-up definition associated with a set of 

elements. 

 

The connection from the bracket to the satellite is 

modeled through blocking all the degrees of 

freedom of the nodes of the edges of the holes on 

side #1. For each hole of side #2, the nodes of the 

circumference are connected through rigid links to a 

reference point located at the center of the hole. All 

the three reference points, corresponding to the 

three holes on side #2, are connected to a fourth one 

located at their isobarycenter. The efforts are 

inserted at this reference point.  

 

Two different analyzes are performed for each 

evaluation of a solution. A linear elastic static 

analysis is done in order to evaluate the resistance 

of the structure to a critical load case indicated in 

the specifications. A fragile failure criterion results 

from the post-treatment of the previous calculation. 

Here, a Tsai-Hill failure criterion is used. The first 

natural frequency is calculated from a modal 

analysis with small perturbations performed with 

the unloaded structure. The mass is estimated 

through the densities of the materials and the 

volume calculation tools provided by the software. 

 

The reference bracket suggested by MECANO I&D 

is realized from cut plies depending on different 

perimeters of pattern with variable complexity. 

These plies are successively formed through folding 

on male or female molding dies and stacked as two 

dry performs, slightly powdered, to be assembled 

when the RTM mold is closed. In order to 

transcribe the reality of this process in the model, it 

is necessary to take into account the shapes of the 

patterns and the folding inclinations realized to 

define the local orientations of the material within 

each zone of the structure. Indeed, the angle 

between sides #1 and #3 (or #4) is an acute angle 

whereas sides #2 and #3 (or #4) trace an obtuse 

angle. These angles imply a redirection of the 

orthotropy axes (1,2,3) of the material in 

accordance with the projection of the global 

coordinates (x,y,z) on the sides of the bracket. This 

redirection evolves within the fillets’ radii between 

two sides, as illustrated in Fig.5.      

3 Optimization of the stacking sequences and 

tapering through ply-drop off 

3.1 Ply-drop management through stacking 

sequence tables 

The local variations of stiffness in laminated 

structures are obtained through ply drops. The 

design guidelines listed in section 2.3 entail that the 

whole stack of the thinnest zone of the structure 

runs uninterruptedly through the others. Moreover, 

in order to ensure the structural integrity of the part, 

it is forbidden to cut a ply to change the fiber 

direction. Such issue is known in the literature as 

laminate blending. The notion of laminate blending 

has been introduced for the first time in [6]. 

Different strategies to solve this problem have been 

suggested in the literature [1,2]. The most 

successful method is currently the guide-based 

blending presented in [7]. This method consists in 

defining all the stacking sequences of the structure 

from the thickest one only, also known as guiding 

stack. All the thinner laminates are defined by 

deleting contiguous stacks of plies form the guide 

laminate, starting from the surface of the guide 

stack (‘outer blending’), or from its mid-layer 
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(‘inner blending’), as illustrated in Fig.6. Hence, 

guide-based blending allows ensuring perfectly the 

continuity of the plies between the different zones 

of the structure, without adding any constraints to 

the optimization problem and adding only one 

variable per zone (the number of dropped plies). 

However, the choice to drop groups of contiguous 

plies substantially restricts the search space, so that 

it is impossible to optimize the order of the ply 

drops through the thickness of the laminate. It is 

therefore impossible to comply with the taper 

design guidelines. 

 

In order to overcome such limitation and represent 

the evolution of the lay-up within the structure, 

Stacking Sequence Tables (SST) are introduced in 

this study. SSTs are used in aeronautic industry for 

composite panels manufacturing. They are most 

commonly created by experts, but here an original 

use of the SSTs is presented to generalize guide-

based blending and allow the optimization of the 

order and location of the ply drops within the 

structure. The SST helps monitoring the succession 

of the ply drops ensuring the transition between a 

thick stack with Nmax plies and a thin stack with Nmin 

plies. The ply drops are defined one by one. Read 

from the left to the right, the SST describes a 

thickness diminution, and conversely. Knowing the 

distribution of the number of plies in a structure, 

varying in the range [Nmin , Nmax], the SST defines 

all the laminates of the structure, in the constant 

thickness zones as well as in the taper since each 

ply drop is described individually. The SST does 

not take into account any particular stagger 

distance. These are most likely represented in the 

model when they are required. Using the SSTs 

allows defining solutions that respect the design 

guidelines. An example of such SST is shown in 

Fig.7. In this study, symmetrical guiding stacks are 

used exclusively. Taking advantage of the 

symmetry, only the half of the SST is represented in 

the following, as illustrated in Fig.8. Since SST 

describes a blending process in a range of 

thicknesses, it can be shared by several solutions as 

long as they belong to this range. Indeed, the 

structure is fully represented only if its thickness 

distribution is featured in the solution.  

3.2 Specialization of an EA to the joint 

optimization of stacking sequence tables and 

thickness distributions. 

The method intended to solve the optimization 

problem is built from a Pareto-based multiobjective 

EA [8]. Its operating principle is sketched in Fig.9. 

In this study, a specialized version of this algorithm 

is developed for SST optimization [2] and applied 

to the antenna mounting bracket described earlier. 

 

Specific operators have been developed so that the 

generated solutions satisfy the design guidelines 

each time the algorithm iterates. For this purpose, a 

specific encoding is used for the SST. The 

symmetry of the guiding stack allows representing 

only the half of the SST and therefore reduces the 

encoding of the solutions. This encoding, illustrated 

in Fig.10, consists in three chromosomes, each 

corresponding to a set of optimization variables: 

 Chromosome Nstr represents the thickness 

distribution, as total number of plies, within the 

structure and consists of as many genes as there 

are effective zones in the structure. 

 Chromosome SSTlam represents the sequence of 

the guiding stack for generating the SST and 

consists of Nmax/2 genes. 

 Chromosome SSTins represents the ranks of the 

plies to be introduced to form the SST. The 

insertion order is given here by numbers in 

ascending order. The plies of the thin stack 

cover the entire SST. This chromosome has the 

same size than SSTlam and contains Nmin/2 zeros, 

corresponding to plies covering the whole 

structure. 

4 Results 

The objectives of the optimization problem 

presented in this paper are to maximize the stiffness 

of the antenna bracket through its first natural 

frequency and to minimize its mass. The MECANO 

I&D’s bracket is made of G803/RTM6, a balanced 

orthotropic 2D woven fabric, whose fibers are 

T300. Thus the problem is solved for G803/RTM6 

then T300/914, a unidirectional prepreg ply with 

transverse isotropy, to explore the possibilities that 

UD offers compared to 2D material. Properties of 

G803/RTM6 presented in Tab.1 are expressed in 

the orthotropy axes of the ply for a fiber volume 

fraction of 56%. Its in-plane properties have been 
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experimentally characterized by MECANO I&D. 

Through-the-thickness properties E3, ν23 and ν31 are 

assumed to be close to the transversal properties of 

the unidirectional prepreg ply T300/914. Failure 

properties, of the G803/RTM6 ply and the 

T300/914 ply are given in Tab.2. Ply thickness is 

about 0.28 mm for the G803/RTM6 and 0.158 mm 

for the T300/914. The thickness, or number of plies 

in each zone, is limited by at least 12 plies up to 34 

plies in the case of the optimization with 

G803/RTM6, and at least 18 plies up to 68 plies for 

T300/914. Ply orientations are limited to the 

following set of admissible values {0°, ±15°, ±30°, 

±45°, ±60°, ±75° and 90°}.  

 

The evolutionary algorithm is set to run six 

thousand solution evaluations during the whole 

optimization process, as outlined in Tab.3. These 

are represented in the objectives space in Fig.11 

and Fig.12, including optimal solutions for both 

materials as red diamonds. Regarding the 

optimization performed with 2D-woven fabrics, 

Fig.11 shows that the algorithm converges to 

solutions included in the bottom right quadrant, 

where the solutions improve the reference solution 

towards the two objectives. By repeating the 

exercise with the UD prepreg, a significant gain in 

stiffness for an equivalent mass is achieved, as 

shown in Fig.13. Such increase can be explained by 

the higher stiffness in the fiber direction of the 

T300/914. In addition, the optimization problem has 

more degrees of freedom by using UD plies. 

Indeed, these are thinner and therefore more 

numerous than 2D plies through the thickness of the 

laminate. While increasing the number of plies, 

SSTs are enlarged, as well as the number of 

possible combinations and permutations of the 

optimization variables. The lightest G803/RTM6 

solution, whose SST is detailed in Fig.14 and the 

properties listed in Tab.4, allows weight savings of 

10% compared to the reference solution. The 

lightest T300/914 solution performs 12%-weight 

savings compared to the reference solution. 

 

In the optimized design, it can be seen that the 

tapers are located within the fillet radii connecting 

the faces of the bracket. Moreover, ply drops are 

distributed over a very short distance. The 

representation of fillet radii is therefore restricted in 

the pre-design model. However, the results of the 

pre-design model are relatively satisfactory 

considering the reference solution manufactured 

and tested by MECANO I&D, so that the model is 

considered to give fair trends over the design space. 

In addition, the guidelines aiming at limiting the 

risks of premature failure are used in this model to 

overcome the inherent limitations of pre-design in 

predicting the behavior and failure of the structure, 

unlike detailed analysis. Since most of the design 

guidelines have been thought for large structures, 

this may call into question their relevance with this 

application. They are probably pushed beyond their 

range of validity in this study. For relevance, 

performing a numerical validation based on a 

detailed three-dimensional model, and eventually 

conducting an experimental validation are expected 

as future works. 

5 Conclusions 

This paper presents the application of an 

optimization method, dedicated to variable-

thickness laminated composite structures, to a 

demonstration case provided by MECANO I&D. 

The method applied here has been developed in the 

context of this study and described in the related 

paper [2]. The demonstration case consists of a 

mounting bracket designed to connect a satellite 

antenna to a satellite structure. The optimization 

problem is formulated based on the specifications 

of the structure. A pre-design FE model of the 

bracket is created in order to represent the 

complexity of the structure without involving too 

many details and excessive computation costs. The 

problem takes into account the guidelines related to 

laminate composite structures. To enforce theses 

guidelines and ensure the structural continuity of 

the design, stacking sequence tables are used. The 

problem is solved using a multiobjective 

evolutionary algorithm. A specific encoding of the 

solutions is used that represents the stacking 

sequences, the order of the ply insertions within the 

constitutive laminates of the structure and the 

thickness distribution over the whole structure. The 

optimization problem is solved first for a base ply 

made of a carbon/epoxy 2D-woven fabric, then 

using a carbon/epoxy UD ply. This allows 

exploring two different design spaces and achieving 

optimal solutions which improve significantly the 

reference solution. ONERA and MECANO I&D 
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are currently working together to test the method on 

new designs of the antenna mounting bracket and 

then validate it through the completion of a 

demonstration prototype for experimental 

validation.  
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Fig.1. Design of the titanium alloy solution of the 

satellite antenna mounting bracket. 

 

 

Fig.2. Photographs of the CFRP solution made by 

MECANO I&D (front and rear views). 
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solution 

CFRP 
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solution  
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Fig.3. Taper section with four inner ply-drops. 
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Fig.4. Thickness-rendered view of the reference 

G803/RTM6 satellite antenna mounting bracket. 

 

 

Fig.5. View of the model of the mid-layer of the 

bracket with redirection of the orthotropy axes. 

 

Fig.6. Guide-based blending definitions [7]. 

 

16 15 14 13 12

1 45 45 45 45 45

2 90 90 90 90 90

3 -45 -45 -45 -45 -45

4 0

5 -45 -45 -45 -45 -45

6 0 0 0 0 0

SST 7 45 45 45 45 45

mid-plane 8 90 90 90

9 90 90 90 90

10 45 45 45 45 45

11 0 0 0 0 0

12 -45 -45 -45 -45 -45

13 0 0

14 -45 -45 -45 -45 -45

15 90 90 90 90 90

16 45 45 45 45 45

Guide stack : [45/90/-45/0/-45/0/45/90]s

Inserted 

plies

Thinnest stack : [45/90/-45/-45/0/45]s

Number of plies

P
ly

 N
o

.

 

Fig.7. Representation of a blending process through 

SST, from a guide laminate to a thin laminate. 
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90 90

 

Fig.8. Condensed view of the SST in Fig.7. 
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Fig.9. Flow chart of the evolutionary algorithm.  

 
Nstr  14 12 14 16     
         

SSTlam  45 90 -45 0 -45 0 45 90 
         

SSTins  0 0 0 2 0 0 0 1 

Fig.10. Encoding of the solution in Fig.8. 

 
Materials G803/RTM6 T300/914 

E1 (GPa) 61,23 140 

E2 (GPa) 61,23 10 

E3 (GPa) 10,00 - 

ν12 0,03 0,31 

ν23 0,30 - 

ν31 0,30 - 

G12 (GPa) 3,46 4,40 

G23 (GPa) 2,96 - 

G31 (GPa) 2,96 - 

µ (kg/m
3
) 1496 1760 

Tab.1. Elastic properties of G803/RTM6 and 

T300/914 plies. 

 

Materials G803/RTM6 T300/914 

Xt (Mpa) 700 1500 

Yt (MPa) 690 27 

Xc (MPa) -468 -900 

Yc (MPa) -438 -200 

S (MPa) 103 80 

Tab.2. Failure properties of G803/RTM6 and 

T300/914 plies. 

 

 

 
Crossing 0.3 

Mutation 0.9 

Initial population 60 

Current population 30 

Archive population 60 

Generations 200 

Tab.3. Algorithm settings. 

 

 

Fig.11. Solutions in the objectives space 

for G803/RTM6 woven fabric. 

 

 

Fig.12. Solutions in the objectives space 

for T300/914 unidirectional plies. 
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Fig.13. Comparison of optimal solutions. 

 

34 32 30 28 26 24 22 20 18 16 14 12

1 45 45 45 45 45 45 45 45 45 45 45 45

2 0 0 0 0 0

3 30 30 30 30 30 30 30 30 30 30 30

4 -15 -15 -15 -15 -15 -15 -15 -15 -15

5 0 0 0 0 0 0 0 0 0 0 0 0

6 -45 -45 -45 -45

7 -30 -30

8 0 0 0 0 0 0 0 0 0 0 0 0

9 45 45 45

10 15 15 15 15 15 15 15 15

11 -30 -30 -30 -30 -30 -30 -30 -30 -30 -30

12 -45 -45 -45 -45 -45 -45 -45 -45 -45 -45 -45 -45

13 -75 -75 -75 -75 -75 -75 -75

14 75 75 75 75 75 75

15 -75 -75 -75 -75 -75 -75 -75 -75 -75 -75 -75 -75

16 75 75 75 75 75 75 75 75 75 75 75 75

17 30  
 

Encoding : [30|12|12] 

[45/0/30/-15/0/-45/-30/0/45/15/-30/-45/-75/75/-75/75/30]s  
[0|7|1|3|0|8|10|0|9|4|2|0|5|6|0|0|11] 

Fig.14. Stacking sequence of an optimal 

G803/RTM6 solution. 

 

 

 

 

 

 

 

 

 

 Ref. G803/RTM6 T300/914 

Thickness 

distribution (mm) 

9,24 

5,32 

3,36 

8,40 

3,36 

3,36 

8,22 

3,48 

2,84 

Thickness 

distribution 

(No. plies) 

Zone 1 

Zone 2 

Zone 3 

33 

19 

12 

30 

12 

12 

52 

22 

18 

Total mass (g) 154.314 139.500 135.520 

1
st
 natural frequency 

(Hz) 
879 905 880 

Failure criterion 

max. value 
0.751 0.992 0.997 

Tab.4. Characteristics of the lightest solution within 

the Pareto front for each material. 
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Abstract 

A combined minimum-mass optimization strategy 
for Variable Angle Tow (VAT) panels subject to 
buckling and damage tolerance constraints is 
presented. The manufacturing process of Continuous 
Tow Shearing (CTS) is employed to form the 
laminates which have variable thickness due to tow 
shear deformation of dry tows. The panels under 
compression load are modeled using an infinite strip 
method to predict the panel buckling load and an 
efficient damage tolerance model is applied to obtain 
the threshold strains for crack propagation at 
delamination interfaces. Straight fiber ±45° plies 
show a good compromise between damage tolerance 
and buckling capacity by a trade-off study. These 
plies are added to the surfaces of the optimum 
buckling design to improve the Damage Tolerant 
(DT) strength in the highly-stressed area near the 
panel boundaries. This buckling/DT laminate is re-
optimized with buckling and damage tolerance 
constraints. The results show that the damage 
tolerant strength of buckling/DT laminate improves 
by up to 71% with 6% weight saving compared with 
the laminate optimized with only buckling 
constraints. Hence, the proposed optimization 
strategy provides structurally efficient solutions for 
optimum design of CTS panels with buckling and 
damage tolerance constraints. 

 

1 Introduction  

Variable angle tows have the potential to 
significantly improve the compressive capacity of 
CFRP composite panels. For example, buckling 
performance can be improved by stiffness 

redistribution towards panel boundaries [1]. 
Compared with conventional straight fibers, VAT 
composites allow the designer freedom to vary the 
fiber angle as a function of position throughout the 
structure, resulting in variable stiffness and strength 
without adding additional plies [2-4].  
In order to bring VAT panels from conceptual to 
application scenarios, a variety of manufacturing 
techniques have been developed. Conventional 
Automated Fiber Placement (AFP) techniques use 
tow head turning to control the angle change. Blom 
et al [5] reduced the tow overlap and tow cut-off to 
improve the quality of the VAT panels.  
Two methods can be used to lay tows in terms of a 
reference tow path when AFP is applied; parallel 
paths and shifted (similar) paths.  The advantage of 
parallel paths is that no gaps or overlaps will occur 
between tows, resulting in a laminate with uniform 
thickness and (theoretically) without any defects. 
However, the disadvantage is that the steering radius 
of parallel tows may result in violation of the 
maximum allowable tow curvature.  A geometric 
singularity can also occur.  Shifted paths keep each 
tow path the same as the reference tow path, 
resulting in tow overlaps and/or tow gaps. The tow 
overlap case occurs when two adjacent courses 
move closer to eliminate the gap. An overlap (or 
gap) produces local thickening (or thinning) which is 
accompanied by localized out-of-plane fiber 
waviness as well as locally resin-rich areas, which 
may decrease structural strength. Tow cutting can be 
used to reduce tow gaps and keep the panel mass as 
low as the one obtained from the design stage, but 
produces fiber discontinuity. For both parallel and 
shifted cases, fiber wrinkling is caused by localized 
buckling in the internal radius of AFP tows subject 
to in-plane bending. This limits the minimum radius 
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of steering to 635mm (1778mm) for a 3.175mm 
(6.35mm) tow width [6]. 
A collaborative project between the universities of 
Bristol and Bath has developed a Continuous Tow 
Shearing (CTS) technique [7] for fiber placement, 
which uses the deformable characteristic of dry tows 
in shear and can significantly reduce process-
induced defects compared with AFP techniques, 
which use in-plane bending deformation. In 
addition, the design flexibility is increased by 
reducing the minimum radius of curvature of each 
tow path to around 30mm. The CTS technique offers 
smooth thickness distribution rather than the 
discontinuous thickness caused by tow overlapping 
in AFP.  CTS also reduces process-induced defects 
such as fiber wrinkling, resin rich areas and fiber 
discontinuity compared with conventional AFP 
techniques, which use in-plane bending to steer 
tows. In contrast, the CTS technique uses dry tows 
combined with an in-situ impregnation to provide 
shearing capability and prevent the fiber splitting.  
However, damage tolerance of panels built using 
variable angle tows has not yet been considered in 
the design stage. Lopes et al [8] have simulated 
impact tests for straight fiber and VAT laminates to 
study crack propagation of VAT panels. Rhead et al 
[9] have tested such coupons designed without 

consideration of damage tolerance, showing the 
highly stressed regions created along the panel 
boundaries may not be able to tolerate damage. 
A combined optimization strategy for minimum 
mass design satisfying both buckling and damage 
tolerance constraints is proposed for CTS panels. A 
computationally efficient damage tolerance model 
[10] is applied to predict the threshold of failure 
strain. The idea of the combined optimization is 
based on blended layer stacking of CTS layers and 
straight fiber layers to improve the damage tolerance 
of the highly-stressed area near the panel boundaries.   
 

2 CTS Manufacture and Optimization 

During the CTS manufacturing process, the tow is 
sheared and the thickness is changed according to 
the shear angle. Assuming the fiber volume of the 
tow element is not changed, the thickness change of 
the tow element before and after the shear 
deformation is shown in Fig. 1. The tow shearing 
angle is defined as β and the angle θ is the tow angle 
defined in the strip model for panel buckling. The 
relationship of the two angles is  휃 = 90° − 훽.   
The change of the sheared tow thickness t according 
to the average tow thickness t0 before shearing and 
the tow angle θ is given by  

Fig. 1 Thickness change of tow element due to shear deformation in CTS method. The tow element with cross 
section A-A shows tow thickness before shear, whereas B-B shows the thickness change after shear.  
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sin
0tt                              (1) 

 
which is deducted from twwt 00 and sin0ww 
due to the unchanged fiber volume of the tow 
element, where w0 and w are the tow width before 
and after shearing.  
The formula is singular when  0 . Therefore, θ 
will not be allowed to be equal to zero degrees for 
manufacturability reasons. In practice, the tow angle 
which the tow head of the prototype CTS machine 
can achieve is  9015  . 
The structure considered in this work is a laminated 
flat panel of length L, and width B. The dimensions 
and notation are shown in Fig. 2. The panel is made 
of 8 layers of steered unidirectional carbon fibers in 
an epoxy resin with a fully uncoupled stacking 
sequence of [θ/-θ/-θ/θ/-θ/θ/θ/-θ]. The reference fiber 
paths vary along the y axis, i.e. θ = θ(y), which 
means that the tow shifting direction is along the x 
axis. Note that the solid curves in Fig. 1 indicate +θ 
paths, whereas the dashed curves indicate –θ paths.  

 

Gürdal et al. [3] studied two cases of tow paths 
which linearly vary along the longitudinal x 
direction or the transverse y direction. They showed 
that, due to redistribution of the longitudinal 
compressive load Px, fiber angle variation in the y 
direction is more efficient than variation in the x 
direction in the case of initial buckling. In this paper 
therefore, we focus on variation in the direction 
transverse to load, in order to achieve the best 
structural efficiency whilst retaining prismatic 
conditions.  We apply an efficient optimization 
strategy for design of VAT panels with minimum 
mass whilst satisfying buckling load and CTS 
manufacturing constraints. We use a gradient-based 
method, which suits the continuity of tow paths. 
Local optima can be readily avoided by selecting 
different starting points covering all the design 
space. The optimization treats the fiber angles as 
design variables and VIPASA [11] buckling analysis 
is selected, since it suits transverse variation of 
angle.  As VIPASA is fast, requiring 0.1% of FEM 
computation time, its use in optimization is very 
efficient.   

 

 
y, εy 

x, εx 

+θ1 
+θ2 

+θ1 
+θ2 

+θn 
+θn 

+θi 

 

 

Px Px 

 

L 

B 

+θi 

Fig. 2 Fiber path definition of the VAT panel. θi is the fiber orientation angle in each strip for a VAT ply. The 
compressive load Px is applied as uniform end-shortening εx. The transverse strain is indicated by εy. 

θ(y) 
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VAT panels are divided into a number of strips of 
equal width and the fiber angle θi of each strip is free 
to vary whilst satisfying buckling constraints. Anti-
symmetry is imposed about the panel centerline, as 
shown in Fig. 2. The figure illustrates that the fiber 
path θ(y) is represented as the fiber angle θi in each 
strip. The number of strips for buckling analyses was 
checked to ensure mesh convergence whilst 
maintaining computational efficiency.  
 

3 Damage Tolerance Model   

Low energy impact can cause Barely Visible Impact 
Damage (BVID) in laminates and their residual 
strength of compression after impact can reduce up 
to 60%.   
A Strip model has been developed that calculates the 
approximate compressive threshold strain εth, below 
which propagation of a delamination will not occur. 
This strain is given by the equation, 
 









 1

)(
24

11
2 A

G
C

ICC
th 

                  (2)   

 
Here εC is the buckling strain of the delaminated 
sublaminate, A11 is the axial stiffness of the sub 
laminate and GIC, the mode I Strain Energy Release 
Rate. Threshold strains are calculated at each ply 
interface from the surface ply to establish the 
minimum value. This is normally between 10 and 
20% of laminate thickness. The method requires an 
assumed distribution of through-thickness 
delamination. These are usually approximated as 
circles of constant diameter d. Straight fiber 
laminates have previously been optimized to 
maximize damage tolerance [12] by automatically 
selecting the best stacking sequences in order to 
maximize the stress at which buckle-driven 
propagation of delamination occurs. The optimized 
designs have been experimentally verified via 
compression after impact testing [13]. 
The minimum of Eq. (2) is given by  
 

∂εth

∂εC = 0,																																										(3) 

 
at which the following condition is obtained 
 

휀 =
퐺

6퐴 																																							(4) 

 
Replacing εC in Eq (2) by Eq. (4), the minimum 
threshold strain εth,min is then obtained as  
 

휀 , =
3퐺
2퐴 																																							(5) 

 
Because d is limited by the amount of impact energy 
required to cause BVID, a maximum diameter dmax is 
applied during the optimization procedure. The 
buckling strain of the delaminated sub-laminate εC 
can be interpolated from the following equation  
 

휀 = 퐾
1
푑 																																							(6) 

 
where K is a buckling coefficient dependent on the 
thickness and stacking sequence of the sublaminate. 
K can be obtained for different interfaces by using 
the strip program VICONOPT [14] to calculate a 
single εC for a given d with an assumption that the 
transverse strain, εy in Fig. 2 applied on the 
sublaminate is equal to zero. This causes an extra 
transverse compression load in the y direction, 
resulting in conservative values of CTS sublaminate 
buckling strain εC.  
Having obtained K, the delamination diameter d at 
which the minimum threshold strain εth,min occurs 
can be obtained by substituting Eq. (4) into Eq. (6). 
If this diameter is greater than a maximum diameter 
dmax, this means that the minimum threshold strain 
εth,min cannot be reached within the BVID criterion. 
In this case dmax is used to give the threshold strain.  
 

4 Optimization of Laminates for Damage 
Tolerance and Buckling Resistance 
In this section, an investigation of effects of ply 
angles on damage tolerance (DT) and buckling 
resistance is performed to find a good compromise 
between these two structural design requirements. A 
combined optimization strategy is described in order 
to improve damage tolerance of CTS laminates. 
Previous studies [15] have shown that, in terms of 
damage tolerance, fiber angles between 0º and ±40º 
should be avoided on the surface of laminates owing 
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to the low strain at which buckling-driven 
propagation of delamination occurs. This is due to 
the increased load that is drawn into the sublaminate 
owing to the high axial stiffness of the plies. Surface 
plies with fiber angles between ±60º and 90º will, in 
many cases, exhibit other failure mechanisms 
instead of buckling-driven propagation. Hence, in 
terms of maximum damage tolerance, the optimum 
angle of straight fiber layers, placed at the surface of 
the laminate, is in the range ±40º to ±60º. To 
improve DT of CTS panels, ±45º angle plies are 
added on the top and bottom surfaces of the CTS 
laminate because these angle plies have good DT 
and buckling capacity. This is explained in the 
following three paragraphs. 
In order to understand the damage tolerance of plies 
with variable angle θ, Eq. (2) is used to calculate the 
critical threshold strain εth for laminates with 
stacking sequences [(±θ)4]s and [±45/(±θ)3]s , see 
Fig. 3. (Note that a constant ply thickness of 
0.25mm and a circular delamination of 40mm 
diameter at each ply interface were assumed for 
M21/T700 material.)  It can be seen that the 
influence of ±45° surface plies is to increase  
threshold  strain  when 0° < θ < 45°. When θ is 
approximately 25°, the Poisson’s ratio of the 
laminate is at a maximum value of approximately 
1.5.  This induces lateral tension in the outer plies, 
making them very difficult to buckle, and the 
threshold strain becomes extremely large.  In 
practice, of course, the laminate will fail by an 
alternative mechanism before this theoretical level 
of compressive strain is reached.   
Figure 4 converts the strain values of Fig. 3 to 
predictions of strength by applying the effective 
elastic modulus of each laminate.  Although the 
strength of laminates is limited by the θ = 0° value, 
practical application necessitates that θ ≠ 0°, in 
which case the addition of ±45° surface layers 
always improves strength when 0° < θ < 45°. 
The buckling load Px

C for a long, simply-surpported 
panel of width B can be calculated by the following 
equation, 
 

							푃 =
휋
퐵

2 퐷 퐷 + 2(퐷 + 2퐷 ) 									(6) 
 
where D11, D22, D12 and D33 are terms from the 
bending stiffness matrix of the laminate. Figure 5 
illustrates the variation of buckling load with 

different ply angles, showing that 45° plies give the 
maximum buckling load.  
 
 

 
Fig. 3 Damage tolerant threshold strain for [(±θ)4]s 
and [±45/(±θ)3]s  laminates. 
 

 
Fig. 4 Damage tolerant threshold strength for [(±θ)4]s 
and [±45/(±θ)3]s  laminates. 
 

 
Fig. 5 Normalized buckling load for fiber angle θ. 
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4.1 Combined Optimization Strategy 

A new method that combines the minimum mass 
optimization of steered CTS fiber laminates for 
buckling constraints, with the design of surface 
layers for damage tolerant strength constraints is 
presented.   
The flow of the optimization process is summarized 
in Fig. 6 and described as follows. 

Fig. 6 Combined optimization strategy. 

In the first step, VICONOPT is used to find 
optimum ply thickness and fiber angles with 
minimum panel mass satisfying buckling 
constraints. In the second step, the damage tolerance 
model is applied to find the damage tolerance 
strength of the initial CTS optimum buckling design. 
According to Eq. (5), the minimum threshold strain 
εth,min is the worst case at each ply interface 
regardless of the delamination size. The lowest 
threshold strain is defined as the damage tolerant 
strain εall of the initial CTS optimum buckling 
design. If this εall is lower than the buckling strain 
when buckling load is applied, the initial CTS 
optimum buckling design will not be able to carry 
the required buckling load, i.e. design load.  
In order to improve the damage tolerance of the 
initial CTS optimum buckling design, and because it 
has been proved that ±45º plies offers a good 
compromise between damage tolerance and buckling 
resistance, during the third step, surface plies of ±45º 
are added to top and bottom surfaces in regions 

where damage tolerant strength is not adequate, 
named as buckling/DT laminates. The damage 
tolerance model is applied to calculate threshold 
strains of the buckling/DT laminate at different 
interfaces and fiber angles. The lowest threshold 
strain is defined as the damage tolerant strain εall of 
the buckling/DT laminate. This value of strain is 
applied to the next optimization step as a strain 
constraint. 
In the fifth step, the buckling/DT laminate is re-
optimized using VICONOPT to satisfy buckling 
load and damage tolerant strain (εall) requirement.  
The number of strips with ±45º plies is adjusted to 
ensure that the strips with fiber angle θ < 45° are all 
covered by repeating Step 5 and 6 for the 
optimization with increased number of ±45° plies. 
This process of CTS optimization and damage 
tolerance design is continued until convergence, at 
which point the overall laminate design does not 
change. 
 

5 Design Example and Results 

The example presented here is to design a VAT 
panel of length L = 750mm and width B = 250mm. 
The material properties are E11 = 130GPa, E22 = 
9.25GPa, G12 = 5.1GPa, ν12 = 0.36, ρ = 1584kg/m3 
and GIC = 500J/m2. The thickness of straight fiber 
(±45°) layers is 0.25 mm. The compressive design 
load Px is 250kN, applied as uniform end shortening.  
The panel is simply supported along all four edges. 
There are 10 strips used to divide the half width 
panel, i.e. n = 10, refer to Fig. 2. 
The minimum mass optimization of the CTS panel 
was first performed with buckling constraints using 
a version of VICONOPT that was been updated for 
modeling of CTS panels.  The optimum results of 
the fiber path for the bucking optimum design is 
illustrated in Fig. 7. The fiber angle θ1 at the edge of 
the panel is 20°, whereas the fiber angle θ10 in the 
center of the panels is 68°, see Table 1, resulting in 
the compression load being redistributed to the panel 
boundaries. For this design, when the stacking 
sequence has 8 plies as [θ/-θ/-θ/θ/-θ/θ/θ/-θ], the tow 
thickness t within strips 1 and 2 is above 0.75 mm. 
This thick stack can induce fiber splitting, which 
needs to be avoided. Hence, the 16 ply laminate [θ/-
θ/-θ/θ/-θ/θ/θ/-θ]S was used. The buckling strain is 
6061 microstrain. The damage tolerance model 
described in Section 3 was then applied to obtain the 

1. Optimise CTS laminates with buckling constraints 
for minimum panel mass. 

2. Analyse damage tolerant strength of the optimum 
buckling design. 

3. Add ±45º plies on the surfaces of strips where fiber 
angle θ < 45°, forming buckling/DT laminates. 

4. Analyse damage tolerant strength of the 
buckling/DT laminates.  

5. Re-optimise buckling/DT laminates with buckling 
and damage tolerance constraints. 

6. If there are strips with fiber angle θ < 45° not 
covered by ±45º plies, cover these strips with ±45º 
plies and repeat Step 5 until strips with fiber angle 
θ < 45° are all covered. 

7. Repeat steps 3-7 until convergence. 
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minimum damage tolerant strain by using Eq. (5).  
Figure 7 shows these strain values at the first ply 
interface for each fiber angle θi. It can be seen that 
the lowest threshold strain is 3682 microstrain, 
indicating that delamination damage in the panel 
caused by impact or manufacturing defects can 
propagate before the design load. 
Hence, ±45º plies were added on the top and bottom 
of the buckling design, where the fiber angle of 
strips has θi < 45° to improve the damage tolerance. 
Therefore, the 3 strips close to the panel edges were 
covered by ±45º plies. The damage tolerance model 
was applied to analyze the buckling/DT laminates to 
obtain the lowest threshold strain at each interface 
for each fiber angle. At the first and second ply 
interfaces where the sublaminates are a single 45° 
ply and ±45º plies, respectively, the minimum 
threshold strains εth,min are 8430 and 5982 
microstrain, respectively. For the third interface 
where the sublaminates include a CTS ply, the 
minimum threshold strains and the corresponding 
sublaminate buckling strain εC were calculated. 

Here, the delamination diameters obtained from Eq. 
(6), are all above 50 mm. Therefore, the maximum 
diameter dmax = 30 mm was applied. Table 2 presents 
the results of these threshold strains at the third 
interface for the fiber angles θi < 45°, showing that 
the critical damage tolerant strain  is 5401 
microstrain  when θ2 = 24.4°. This strain value was 
then applied as a strain allowable εall to the minimum 
mass optimization with buckling and damage 
tolerant strength constraints.  
 
Table 2 Threshold strain of buckling design with ±45º 
surface plies. 
 
Strip no.  1 2 3 
Buckling/DT plies ±45/20.5 ±45/24.4 ±45/35.0 
εth (με)1 5622 5401 5496 

1The delamination diameter d is 30mm. 
 
During the re-optimization step, the optimization 
cycle described in Steps 5 and 6 in Section 4 was 
performed to find an adequate number of strips 

Table 1 Comparison of fiber angle for optimum buckling design and buckling/DT design. Note that tow thickness 
of each strip is given by Eq. (1). 

 
Strip no. 1 2 3 4 5 6 7 8 9 10 t0 (mm) 

Buckling design1 θ° 20.5 24.4 35.0 45.7 52.8 57.3 60.7 64.2 66.9 68.4 0.184 

Buckling/DT 
design1 

θ° 20.0 20.0 20.2 28.2 32.0 45.5 57.6 75.9 83.9 86.0 0.254 
±45º Yes Yes Yes Yes Yes No No No No No - 

1Note that the stacking sequence for the optimum bucking design is [θ/-θ/-θ/θ/-θ/θ/θ/-θ]s  whereas for the buckling/DT optimum design 
it is [θ/-θ/-θ/θ/-θ/θ/θ/-θ]. 

Fig. 7 Fiber path and threshold strain of each strip in optimum buckling (CTS) design. 

0 0.005 0.01 0.015 0.02
Minimum Threshold Strain
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covered with ±45º plies. The 3 strips close to the 
panel edges with θi < 45° were initially covered by 
±45º plies. The initial optimum results showed that 
the adjacent strips with θi < 45° were not covered by 
±45º plies. Therefore, more ±45º plies were added 
until the strips with fiber angle θi < 45° were all 
covered by the ±45º plies. It can be seen that there 
are 5 strips requiring the addition of ±45º plies, see 
Table 1 for the fiber angles of the final optimum 
buckling/DT design.  As the thickest tow in strip 1 is 
0.742 mm, just below 0.75 mm, the stacking 
sequence consists of the original 8 plies.  
 
Table 3 Comparison of panel mass and strains for 
optimum buckling design and buckling/DT design. 
 

 
It is interesting to note the optimum buckling/DT 
design is 6% lighter than the buckling design, see 
Table 3. The buckling strain of the buckling/DT 
design is 4588 microstrain making it stiffer than the 
buckling design, which has a buckling strain of 6061 
microstrain. The threshold strains for the 
buckling/DT optimum design were checked and the 
lowest threshold strain of 6298 microstrain occurs in 
strip 5 with a fiber angle of 32.0° at the third ply 
level and delamination  diameter d = 30 mm. In 
comparison with the optimum buckling design, the 
damage tolerant strength improves by 71% from 
3682 microstrain to 6298 microstrain.  
In addition, the total bucking/DT laminate has a 
tensile transverse strain εy = 4947 microstrain in 
Strip 5 when the compressive design load 250kN is 
applied. The threshold strains at the first and third 
ply interfaces obtained with this transverse strain are 
around 8800 and 20000 mircostrain respectively. 
This proves that the assumption made in Section 3 
with εy = 0 gives conservative values of sublaminate 
buckling strain εC and threshold strain εth. 
 

6 Concluding Remarks and Future Work 

A combined optimization strategy for minimum 
weight design of CTS panels satisfying buckling and 

DT constraints is developed. An efficient analytical 
CAI model is applied to provide the threshold strain 
for propagation of delamination.  
Surface ±45º plies are studied in terms of their 
damage tolerance and buckling capacity, showing 
that such plies display good compromise between 
strength and buckling load. A buckling optimized 
CTS laminate and a buckling/DT optimum laminate 
are compared in terms of panel mass, fiber angles 
and DT strength. The results demonstrate that by re-
optimizing fiber angles with a DT constraint, the 
damage tolerant strength improves by 71% with a 
6% weight saving. 
In future work, the design method will be applied to 
stiffened structures and sandwich panels. 
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1 Introduction 

When laminated composites are applied in the 
aircraft, they may suffer from tool dropping, stone 
hitting, bird impact and so on. These impactors can be 
summarized as drop-weight (high mass, low velocity) 
or gas-gun (low mass, high velocity) [1]. It is known 

that the plate-shell structure of fiber reinforced 
composites is sensitive to transverse impact, even 
slight lateral impact may lead to intraply and 
interlaminar damage. Thus, the ability of laminated 
composites to resist impact has been the focus of 
attention. Focusing on the low-velocity impact 
damage, the mainstream explanations for its damage 
mechanism have the following two ways. Choi and 
Chang [2] put forward that the top delaminations were 

mainly induced by inner shear cracking whereas the 
bottom delaminations were mainly induced by 
surface bending cracking. Renault [3] proposed to 
give matrix cracking a precursor role regarding the 
development of specific delamination. This idea has 
been globally admitted in literatures [4-6]. 
Currently, there has been much work on carrying out 
the relevant researches on drop-weight by 
experimental and simulated methods [7-10]. These 

studies include the response of laminated composites 
to low-velocity impact as well as the initiation, 
propagation and extent of damage in the structure. 
Also, the influences of such factors as thickness, 
curvature, stacking sequence and boundary 
conditions on the structural behavior under 
low-velocity impact are discussed. Considering that 
the experimental methods are time and labor 
consuming and costly, more and more scholars start 
to use numerical simulation technology for 

correlative research work. 
Sun and Chen [11] studied the impact on laminates 

under initial stress using the finite element method, 
but its computational demands can be exorbitant. 
Then some simple but efficient theories and methods 

have been presented to deal with this problem. Choi 
et al. [12] used the dynamic finite element method 
coupled with failure analysis to predict the threshold 
of impact damage and initiation of delamination. 
Aslan et al. [13] used 3DIMPACT transient dynamic 
finite element analysis code for calculating stresses 
and contact forces of the composite plates during 
impact along with a failure analysis for predicting the 
threshold of impact damage and initiation of 

delamination. Raimondo et al. [14] adopted a 
progressive failure model for mesh-size-independent 
finite element analysis. According to the proposed 
method, the accurate modeling of composites impact 
damage using a relatively coarse mesh can obviously 
reduce the computational cost. Yokoyama et al. [15] 
proposed an energy based failure model in ABAQUS 
FE code to study the impact resistance of composite 
shells accounting for the pressure, curvature, lay-up 

and thickness effects. They used a newly developed 
in-plane damage model for plane stress elements. The 
model formulation also incorporated an objectivity 
algorithm which avoided strain localization problems 
and ensured constant energy dissipation for each 
failure mode regardless of mesh refinement, element 
topology and cracking direction. The proposed 
formulation also used the Second Piola-Kirchhoff 
stress tensor in order to avoid excessive material 

deformation, such as trellising. Bouvet et al. [16] 
used interface type elements to describe matrix 
cracking. Delaminations were described with 
interface elements similar to the ones used to 
represent matrix cracking and the coupling between 
these two damages were established. 
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However, most of the approaches are restricted to 

using a simple constitutive model to get rich data 
such as impact dynamics, damage morphologies and 
so on with a relatively low modeling accuracy. 
Therefore a continuum damage mechanics 
constitutive relation is used for the prediction of the 
intraply damage of Hexply AS4/8552 laminated 
composites under low-velocity impact in this paper. 
Meanwhile a 'tiebreak' contact, which contains the 
traction-separation rule by a cohesive zone model, is 

presented to simulate the delamination and ordinary 
contact between two adjacent plies after delamination, 
and then the impact dynamics and damage 
morphologies are visualized vividly. In addition, the 
computational demands of this work are compared 
with the ones of Lopes et al. [17]. 

2 Damage Model 

As shown in Fig. 1, a continuum damage mechanics 

(CDM) is used for the numerical model to 

characterize the intraply damage, and a cohesive zone 

model (CZM) is used to represent interlaminar 

damage. 
Recently the researches based on CDM modeling the 

damage of composite laminates subjected to impact 
have been reported [18-20]. In this paper, based on 
the Hashin's failure criterion [21, 22], the CDM 
contains the longitudinal (fiber) failure and transverse 
matrix cracking. The ω11, ω22 are the damage 
variables associated with longitudinal (fiber) failure, 
transverse matrix cracking, respectively, and are 
assumed to be different values for tension (ω11t and 
ω22t) and compression (ω11c and ω22c) in order to 

account for the phenomenon of one-sidedness. The 
damage parameter for shear ω12 is independent on the 
sign of the shear stress τ. E1, E2 and G denote 
longitudinal Young's modulus, transversal Young's 

modulus and shear modulus, respectively.  denotes 
Poisson's ratio. The shape of the loading surface is: 

for fiber damage 
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where Xc,t, Zc,t and S denote longitudinal, transversal 

and shear strength, respectively. r denotes damage 
threshold, subscript c denotes compression, and t 
denotes tension [23, 24]. 
The CZM is a powerful tool to analyze nonlinear 
fracture problems, and has been widely applied in the 
field of composites [25-28]. In this paper, a CZM [29], 
based on the energy dissipation mechanisms, is 
introduced to correlate traction force with 
displacement at the interface between plies, as shown 

in Fig. 2. Both the normal crack and the tangential 
slip are taken into account. The damage initiation is 
related to the interfacial strength, i.e., the maximum 
traction in the traction-displacement relation. When 
the area under the traction-displacement relation 
curve is equal to the fracture toughness, the traction is 
reduced to zero and a new crack surface is formed. In 
bilinear CZM, for the normal delamination, the 
fracture toughness is: GIC=0.5TδF

I. For the tangential 

delamination, GIIC=0.5SδF
II. Here T and S are the peak 

tractions in normal and tangential direction, and T=Zt. 
δF

I and δF
II denote the ultimate displacements in 

normal and tangential direction, respectively. 
In this cohesive material model, the total mixed-mode 
relative displacement δm is defined as: 

2 2

m I II                                                           (3) 

where δI=δ3 is the separation in normal direction 

(mode I), and the separation in tangential direction 
(mode II) can be represented as: 

2 2

II 1 2   
                                                      (4) 

δ3, δ1 and δ2 are defined as the corresponding 
interlaminar normal and two shear displacements, 
respectively. 
The mixed-mode damage initiation displacement δ

0
 is 

given by: 

2
0 0 0

I II 0 2 0 2
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                                (5) 

where δ0
I=T/En and δ0

II=S/Et are the single mode 
damage initiation separations, and β=δII/δI is the 
mode-mixity. En and Et denote the longitudinal and 

transversal stiffness, respectively. The ultimate 
mixed-mode displacement δF for the Benzeggagh- 
Kenane law [30] is: 
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where η is defined by the mixed-mode bending 
(MMB) test, and the value used here is η=1.45 
[31,32]. 

3 Numerical Model 

The ASTM D7136 test standard is adopted in this 
paper. The test specimen of 150×100×4.368 mm3, 

contains 24 layers. The configuration of carbon fiber 
reinforced plastics (CFRP) laminates is 
[±45/90/0/45/04/-45/02]S. Between the adjacent plies 
exists a resin area which is regard as a interface. The 
delamination between adjacent plies with different 
fiber directions is taken into account, and the plies 
with same fiber direction are regarded as a sub-plate. 
So there are 15 sub-plates and 14 interfaces in the 
model as shown in Fig. 3. The ply material 

parameters are shown in Tab. 1. According to the 

ASTM D7136 test standard，the specimen is fixed 

between a steel support and a steel plate, which have 
rectangular cuts of 125×75 mm2. The impactor is 

simplified as a sphere with a diameter of 16 mm. In 
this paper the shell element is used to discretize plies 
with CDM constitutive relation. A 'tiebreak' contact, 
which contains the traction- separation rule by CZM, 
is used to simulate the delamination and ordinary 
surface to surface contact after delamination. 
Through constraining the surfaces of steel support 
and plate, the boundary conditions are simulated, as 
shown in Fig. 4. 

The impact responses and damage of laminated 
composites resulted from impact energy of 29.7 J, 
19.6 J and 9.1 J are simulated by FEM and compared 
with the experimental results [16]. The impactor is 
modelled as a rigid body with the mass 2.44 kg (29.7 
J, 19.6 J) or 1.33 kg (9.1 J) [33]. Each run of these 
examples takes about 48 hours to complete using a 
cluster of 8 CPUs. 

4 Results and Discussion 

4.1 Contact Force and Displacement 

The oscillatory behavior due to the dynamic coupling 
between specimen and supports is not considered in 
the simulation. Comparing the simulated results with 
experimental results after smooth fitting, the values 

of contact force and displacement are well predicted, 

as shown in Fig. 5. The simulated response times are 

delayed, compared with the experimental ones, 
however this has little influence on the damage 
evolution. The two important parameters, namely the 
extreme value of contact force corresponding to the 
first drop and the maximum value of contact force, 
are accordant with the experiment. The contact force 
between impactor and laminated composites rises 
rapidly with the increase of displacement. When the 
impact energy is 29.7 J and time is 0.97 ms, the 

contact force reaches to 5574 N, being in agreement 
with the experimental extreme value 5510 N at 0.7 
ms. After obvious reduction, the contact force begins 
to increase to the maximum value 5858 N. Compared 
with the peak value 5800 N from experiment, the 
error is just about 1%. Then the impactor achieves the 
maximum displacement 6.54 mm in the finite 
element simulation, basically fitting with the 
experimental value 6.2 mm. Meanwhile the velocity 

of impactor whose kinetic energy has been 
transformed to the elastic strain energy and internal 
dissipated energy of laminates reaches to zero. 
Hereafter due to the elastic deformation recovery, the 
specimen starts backstepping the impactor and 
transforms its elastic strain energy into the kinetic 
energy of the impactor. 

4.2 Impact Energy 

As shown in Fig. 6, with the impact energy increasing, 

both the energy dissipated by the specimen (total 

dissipated energy) and the maximum displacement of 

the impactor increase nearly linearly. 

4.3 Impact Damage 

During the impact process, various kinds of damages 
occur in the laminated composites. This paper takes 
the 29.7 J impact energy for example to carry out the 
study. 

4.3.1 Delamination 

The damage morphology is acquired through the 
simulation and compared with the experimental result. 
The delaminations of five representative interfaces 
are shown in Fig. 7. It can be seen that the simulated 
result and the C-scan image of a delamination contain 

mostly the fiber orientation information of the two 
neighboring plies, but the lower ply often shows more 
prominently than the upper one. Generally, the 
simulated results are slightly less than the 
experimental results. 
The simulated results are used to calculate the 
delamination area from the 6th interface to the 10th 
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interface, then they are fitted by linear curve and 

quadratic curve, as show in Fig. 8. The further an 
interfacial position from the impact site is, the greater 
a damage area is. Here, the linear fitting equation is 

57.561 312.91y x   with a correlation coefficient 

R2=0.9660, and the quadratic fitting equation is 
2

7.5746 103.01 259.89y x x     with a correlation 

coefficient R2=0.9894. Thus the growth trend of 
delamination area is more consistent with the 
quadratic relationship than the linear one. 

4.3.2 Matrix Cracking 

The simulated results of the matrix cracking in six 
plies (from No. 5 to No. 10) are depicted in Fig. 9. 
The dark shadows in the middle of specimens are 

representative for matrix damage. The results show 
that the matrix damage direction is mainly parallel to 
the fiber orientation of the ply which the matrix 
belongs to, and also is affected by the fiber 
orientation of adjacent plies. 
The above damage characteristics can be interpreted 
as follows. The damage begins with the development 
of matrix cracking in the impact zone below the 
impactor. The cracks in tangential direction (in (l, 2) 

plane, where l denotes the longitudinal or fiber 
direction and 2 is the transverse one) grow up during 
the loading following the fiber direction. Finally, in 
each ply, a strip of fibers and resin disjoints and slides 
in the normal direction of this ply. This disjointed 
strip creates an interlaminar zone of tension stress 
between two adjacent plies and is susceptible to 
induce delamination in this zone, as shown in Fig. 10. 
In this paper a schematic of this process is proposed 

with a [-45/0/45] stacking sequence, where -45º is the 
upper ply and 45º is the lower ply. This stacking 
sequence represents only a part of a real stacking. 
Take the section A-A and section B-B for example to 
illustrate the disjointed strips of the first two plies and 
the interlaminar zone of tension stress. This 
interlaminar zone, limited by the disjointed strips of 
the two adjacent plies, has a triangular shape with a 
size which grows from the impacted side to the 

non-impacted side. The consensus of this explanation 
has been broadly achieved [3-6]. 
The total damages including delamination and matrix 
cracking predicted by the finite element simulation 
are compared with the experimental results. As 
shown in Fig. 11, the position and morphology of 
total damages under different impact energies are 
well predicted. At higher energy level, the damage 
area is obviously larger. 
It can be seen that the simulated damage areas are 

smaller than the experimental ones. On the one hand, 

this is because that the actual damages of laminated 

composites under low-velocity impact are more 
complicated than those considered in the simulation. 
Based on a homogenized numerical model, the 
simulation adopts the macroscopic mechanics 
without considering the damage of mesoscopic 
structures, such as the fracture of single fiber and the 
interface debonding between fiber and resin. Thus the 
failure criteria of concerned damages which contain 
fiber fracture, matrix cracking and delamination 

cannot fully reflect all the damages, which lead to the 
lessening of the simulated results. On the other hand, 
the errors of the input parameters may result in the 
errors of the simulated results. However the 
differences are not so considerable. Therefore by 
means of the numerical method presented in this 
paper, the concerned damages are well characterized 
and the results are credible. 

Summary 

A continuum damage mechanics (CDM) and a 
cohesive zone model (CZM) are used for the 
numerical model to characterize the low-velocity 

impact damage of laminated composites. At high 
energy levels, especially at 29.7J, the simulated 
results of impact dynamics and impact footprint are 
remarkably consistent with the experimental results. 
For the low-velocity impact on Hexply AS4/8552 
laminated composites, both the total dissipated 
energy and the maximum displacement of impactor 
increase with the increase of impact energy. The 
directions of delamination and matrix cracking are 
both related to the fiber orientation of the two 

neighboring plies, and the damage area increases 
along with the increase of the distance between the 
impact site and damage position. Although due to the 
restriction of current simulated technology the results 
is slightly small, the type, location and extent of 
important damage forms can be well predicted by this 
numerical method. The present work will be 
beneficial to further research on the damage 
extension in laminated composites with different 

designs under low-velocity impact. 
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Fig. 1. Technology roadmap 

 

Fig. 3. Distribution and numbering of laminae and 

interfaces 

 
Fig. 2. Mixed-mode traction-separation law 

 

Fig. 4. Finite element model 

Table 1 Hexply AS4/8552 ply material parameters [16] 

E1 E2 G12 
12 

Xt Xc Zt Zc S GIC GIIC  

[GPa] [GPa] [GPa] [MPa] [MPa] [MPa] [MPa] [MPa] [N/mm] [N/mm] [kg/m
3
] 

135 9.6 5.3 0.32 2207 1531 80.7 199.8 114.5 0.28 0.79 1590 

Note: Xt is the longitudinal tensile strength; Xc is the longitudinal compressive strength; Zt is the transversal tensile strength; 

Zc is the transversal compressive strength;   is the density. 
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Fig. 5. Contact force-time relations and contact force-displacement relations for three impacts
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Fig. 7. Major delaminations 
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Fig. 9. Simulated contour map of matrix cracking 

 

a. Main view of damage 
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b. Top view of damage 

Fig. 10. Schematic diagram of formation mechanism of delamination [6] 

 

29.7 J                    19.6 J                   9.1 J 

Fig. 11. Impact footprints of numerical result and C-scan 

experimental result 
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Abstract: The hierarchical and heterogeneous 

structure characteristics of composite laminates give 

rise to the difficulty in the study of the composite 

laminates damage under low-velocity impact. A 

numerical method for the evaluation of impact 

damage is proposed on the basis of the continuum 

damage mechanics (CDM) and the cohesive zone 

model (CZM). The intra-ply damages including 

matrix crack and fiber fracture are represented by 

the constitutive model which takes into account the 

physical progressive failure behavior in the ply, 

using the damage variable to describe the intra-ply 

damage state. The delamination at the interface 

between two plies is characterized by the CZM 

which takes into account the normal crack and the 

tangent slip, using a specific correlation between 

traction and separation displacement to describe the 

initiation and development of delamination. The 

evolution of the impact damage is investigated, and 

the correlation between the mesoscale structure and 

the macroscopic response under impact is 

constructed effectively by finite element analyses. 

From the top to the bottom of the specimen, the 

delamination area increases, which is consistent with 

the conic distribution of the delamination under 

impact observed in the experiment. The dynamic 

analysis is helpful for a thorough understanding of 

the evolution of low-velocity impact damages in 

composite laminates. 

1 Introduction 

Composite materials are widely used in advanced 

structures, especially in the aerospace industry, due 

to their high specific strength and stiffness over 

conventional engineering materials [1 ,2]. Despite 

these desirable physical properties, composites are 

fragile and susceptible to transversal impact loading 

because they are laminar systems with weak 

interface [3]. Thus, composite structures should be 

designed to function safely despite the presence of 

flaws. So it is important to be able to assess the 

influence of such a damage event on the reduction of 

strength. The composite plays a crucial role in 

absorbing energy due to various interlaminar and 

intralaminar damage mechanisms such as fiber 

breakage, matrix cracking and delamination. 

Therefore, the prediction of damage and energy 

absorption is critical to the structural design of 

composites. The hierarchical and heterogeneous 

structure characteristics of composite laminates give 

rise to the difficulty in the study of the composite 

laminates damage under low-velocity impact [4-6]. 

Experimental testing of impact damage is expensive 

and time consuming [ 7 ]. The applicability of 

analytical solutions, which have a number of 

simplified assumptions, is limited to model the 

complex physical phenomena involved in an impact 

event [8-10]. So the numerical modelling, which can 

accurately capture the impact event and the damage 

ensuing, is essential to the analysis on the impact 

damage. The finite element method (FEM) can 

simulate impact on composite structures under 

realistic loads and boundary conditions. More 

important, both intralaminar and interlaminar failure 

can be taken into account and incorporated within 

FE code to accurately capture these damage 

mechanisms, making the prediction of the initiation 

and propagation of various damages available. 

The numerical analysis of intralaminar damage can 

be divided into four areas: a failure criterion 

approach; a fracture mechanics approach; a 

plasticity or yield surface approach, and a continuum 

damage mechanics approach [ 11 ]. The failure 

criterion approach assumes that a lamina behaves in 

an ideally brittle manner and the dominant stiffness 

and stress components are reduced to a very low 

value or zero instantaneously after failure. The 

constraints that are imposed on the failed lamina by 
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the adjacent lamina and the undamaged elements in 

the neighborhood of the damage site are disregarded 

[12]. The fracture mechanics approach cannot be 

easily incorporated into a progressive failure 

methodology because its application requires an 

initial flaw [13]. The plasticity approach is suitable 

for composites that exhibit ductile behavior [14]. 

Continuum damage mechanics (CDM) has been 

increasingly used in the development of numerical 

damage models for composite materials. The 

internal variables are introduced for representing the 

density and/or distribution of the microscopic 

defects that characterize damage. After damage 

initiation, the material stiffness is degraded to 

simulate the propagation of damage until enough 

energy is absorbed for complete failure of the 

material. The stress or strain damage initiation 

criteria are used for the prediction of damage 

initiation, and failure progression can be modelled 

via a fracture mechanics approach by associating 

internal damage variables, representing each form of 

damages, with their respective fracture energies [4]. 

For the interlaminar damage, the most common 

approaches that have been proposed to simulate 

delamination are the virtual crack-closure technique 

(VCCT) and cohesive zone model (CZM). Unlike 

the VCCT approach, the range of application of 

CZM is not limited to structures with small fracture 

process zones confined to the crack tip. 

In this paper, the intra-ply damages including matrix 

crack and fiber fracture are represented by the CDM, 

which takes into account the physical progressive 

failure behavior within the ply, using the damage 

variables to describe the intra-ply damage state. The 

delamination at the interface between plies is 

characterized by the CZM, which takes into account 

the normal crack and the tangent slip, using a 

relation between the stress and the displacement to 

describe the initiation and development of the 

delamination, based on the energy dissipation 

mechanisms. 

2 Constitutive Model 

2.1 CDM 

In this paper, a CDM proposed by Matzenmiller et al. 

[15] is used for the intra-ply damage constitutive. 

This approach has been implemented in many 

research works, demonstrating promising results in 

predicting the impact response and damage extent 

[16,17]. The effective stress tensor is introduced as: 

   σ = Mσ                                                           (1) 

where σ  denotes effective stress tensor, M 

represents the rank-four damage operator, and σ 

denotes nominal stress tensor. For the plane stress 

condition, M can be expressed as: 
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where ω11 is the damage variable associated with 

longitudinal (fiber) failure, whereas ω22 is the 

damage variable associated with transverse matrix 

cracking, and ω12 is a damage variable influenced by 

longitudinal and transverse cracks. The damage 

parameters ω11 and ω22 are assumed to be different 

values for tension (ω11t and ω22t) and compression 

(ω11c and ω22c) in order to account for the 

phenomenon of one-sidedness. In contrast to ω11 and 

ω22, the damage parameter for shear ω12 is 

independent of the sign of the shear stress τ. The 

compliance tensor for the damaged lamina is: 
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where E11 denotes longitudinal Young's modulus, 

E22 denotes transverse Young's modulus, G denotes 

shear modulus, and  denotes Poisson's ratio. 

The shape of the loading surface is: 

for fiber damage model, 

 

2

11
c,t2 2

11c,t c,t

0
1

f r
X




  



                     (4) 

for matrix damage model, 
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where Xc,t, Zc,t and Sc denote longitudinal, transversal 

and shear strength, respectively. r denotes damage 

threshold, subscript 'c' denotes compression and 't' 

denotes tension. 

Since the damage variables have no direct relation to 

the micromechanic crack and void growth, they are 

treated as the phenomenological internal variables 

for the thermodynamics of irreversible processes. 

Therefore, the thermodynamic conjugate force to the 

damage variables is: 
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where W denotes the strain energy function. In CDM, 

the variable Y has the meaning of energy, released 

per volume, due to the advancement of damage. In 

the space of the thermodynamic forces Y, a damage 

potential Q(Y,ω) is introduced and the gradient of Q 

defines the vector-valued function for the damage 

rule: 
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                              (7) 

The scalar function ( )i σ,ω,ε  controls the 

amount of damage growth. The models used to 

simulate ply damage are thoroughly described in 

references [15] and will not be elaborated here 

except for their main aspects mentioned above. 

2.2 CZM 

The CDM does not take the delamination between 

plies into account. In this paper, a cohesive zone 

model (CZM) [18-20], which is on the basis of 

energy dissipation mechanisms, is introduced to 

correlate traction to displacement jump at the 

interface between plies [21]. Both the normal crack 

and the tangent slip are taken into account. The 

damage initiation is related to the interfacial strength, 

i.e., the maximum traction in the traction-

displacement jump relation. When the area under the 

traction-displacement jump relation curve is equal to 

the fracture toughness, the traction is reduced to zero 

and a new crack surface is formed, as shown in Fig. 

1. For the normal delamination, the fracture 

toughness is: GIC=0.5TδF
I. But for the tangential 

delamination, the fracture toughness is GIIC=0.5SδF
II. 

Here T and S denote the peak tractions in normal and 

tangential direction, respectively. δF
I and δF

II denote 

the ultimate displacements in normal and tangential 

direction, respectively. 

In this cohesive material model, the total mixed-

mode relative displacement δm is defined as: 

2 2

m I II   
                             

                   (8) 

where δI=δ3 means the separation in normal 

direction (mode I), and 
2 2

II 1 2     means the 

separation in tangential direction (mode II). The 

mixed-mode damage initiation displacement δ0
 is 

given by: 
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where δ0
I and δ0

II are the single-mode damage 

initiation separations, and β=δII/δI is the mixed mode. 

The ultimate mixed-mode displacement δ
F
 for the 

power law is: 
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3 Simulation of Low-Velocity Impact Test 

3.1 Geometric and Material Parameters 

Two experimental results taken from Refs. [22] and 

[23] respectively, are used for the model verification. 

One specimen is made with UD HTS carbon fiber 

and MVR-444 epoxy, with 0.34 mm thick UD plies 

and with the total dimension of 150×100×5.44 mm3. 

They are impacted at their center under 37 J impact 

energy using an impactor with a mass of 5 kg and a 

diameter of 15.875 mm. Over the perimeter of a 

rectangle, 76×127 mm2, the specimen with the 

stacking sequence [+45/90/-45/0]2s is clamped by 

clamps of which the tip is a 3 mm diameter 

hemisphere. The independent ply material properties 

are listed in Table 1. 

The other specimen is fabricated using a fiber 

placement machine and Hexply AS4/8552 carbon-

epoxy tows. The test specimens of 150×100 mm2 are 

fixed between a rigid support and a rigid pressure 

plate. Both of them have 125×75 mm2 rectangular 

cuts in the center leaving the part of the specimens 

free for impact, and are fixed during the impact 

process. The impactor is also modelled as a rigid 

body which has a spherically-shaped impact surface 

with a diameter of 16 mm. The 4.368 mm thick 

specimen consists of 24 laminated AS4/8552 plies 

with the stacking sequence [±45/90/0/45/04/-45/02]S. 

The independent ply material properties needed for 

the definition of the CDM and CZM are measured 

by standard test methods and summarized in Table 2 

which is taken from Ref. [23]. 

3.2 Discretization 

A four-node shell element is used to discretize the 

lamina with the CDM constitutive model. The 

stacking sequence is controlled by the material angle 

at the integration point. The laminates are treated as 

a stack of shell elements. Each ply is represented by 

one layer of shell elements. Two adjacent plies are 

tied together, using a 'tiebreak' contact with an 

interfacial traction-displacement law, which is 

described by the cohesive zone model. After a 
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delamination, this contact behaves as a surface-to-

surface contact, and the interpenetration of plies can 

be avoided. Through this approach, the evolution of 

delamination can be simulated with large critical 

integration time step. Using the CZM approach, a 

much larger composite structure can be modelled 

efficiently, compared with the interfacial solid 

models which are computationally expensive. The 

mesh refinement of the impact zone should be taken 

into account for the correct prediction of the damage 

evolution, because the accurate computation of the 

energy release (GC) is mesh-dependent. The 

impactor is discretized by eight-node solid elements, 

and has the same mesh refinement as the impact 

zone of laminates. The finite element model is 

shown in Fig. 2. 

4 Results and Discussion 

4.1 Verification of Load and Time 

The load-time curves of the impactor for the 

specimen HTS Carbon/MVR-444 with the stacking 

sequence [+45/90/-45/0]2s at 37 J impact energy are 

shown in Fig. 3, both for the test result and the 

predicted result. Before the time, 0.4 ms for test, 0.3 

ms for FE, the impact loads have a steep rise, and 

then the increase of impact loads slows down. At the 

time, 1.8 ms for test and 1.9 ms for FE, the impact 

loads reach a maximum, 13800 N for test and 13200 

N for FE, and begin to drop. The load-displacement 

relations of the impactor for the specimen HTS 

Carbon/MVR-444 are shown in Fig. 4. The ultimate 

impact strokes are 4.6 mm in the test and 4.8 mm in 

the simulation. The simulated results have a good 

agreement with the experimental results taken from 

Ref. [22]. 
The simulated reaction force history of the specimen 

Hexply AS4/8552 corresponding to 29.7J impact 

energy and the experimental result taken from Ref. 

[23] are plotted in Fig. 5. With the increase of the 

impact displacement, the reaction force on the 

impactor caused by the composite specimen rapidly 

increases. There is an obvious drop of the load at the 

time 0.8ms when the force is about 5500N, and it is 

observed both in the test and in the simulation. After 

a transient decline, the interaction force between the 

impactor and the laminates ascends again and 

reaches a maximum one, about 5800N in the test and 

6000N in the simulation. Then the impactor velocity 

is eventually reduced to zero and the impact stroke is 

accomplished, when the ultimate displacement of the 

impactor is 6.2mm in the test and 6.8mm in the 

simulation. The kinetic energy is completely 

transferred to the elastic strain energy and the 

dissipated energy caused by all kinds of irreversible 

damage in the laminates. Subsequently, the 

accumulated elastic strain energy is transferred back 

to the kinetic energy of the impactor, which is 

impelled back by the specimen. The simulated result 

obtained by the numerical method has a good 

agreement with the experimental result except that 

there is a little response time delay for the simulation 

result compared with the test result, especially for 

the rebound process. However, the delay of the 

rebound does not influence the discussion of the 

damage evolvement which occurs mainly in the 

impact process. 

4.2 Verification of Damage Morphology 

By comparing the simulated result with the C-Scan 

result taken from Ref. [22], as delineated in Fig. 6, it 

can be concluded that the total matrix damage and 

delamination of specimen HTS Carbon/MVR-444 

are well predicted. 

The total predicted damage areas of specimen 

Hexply AS4/8552 are shown in Fig. 7, which also 

includes matrix damage in each ply and 

delamination at each interlayer. The simulated result 

(solid line) agrees well with the experimental data 

(dotted line) which is taken from Ref. [23]. 

4.3 Evolution of Energy 

As shown in Figs. 8 and 9, for both of these 

specimens, the total energy of the system 

approximately does not vary during the impact 

process, which guarantees the energy conservation 

in the total system. The kinetic energy is transferred 

to the elastic strain energy and the dissipated energy 

caused by all kinds of irreversible damages in the 

laminates. Subsequently, the accumulated elastic 

strain energy is transferred back to the kinetic 

energy of the impactor, which is impelled back by 

the specimen. The specimen absorbs most of the 

kinetic energy with the appearance of the intra-ply 

damage, delamination and friction between different 

parts. The hourglass energy maintains a low level, 

which guarantees the accuracy of the numerical 

calculation. 

4.4 Delamination Area 

The predicted delamination area at each ply interface 

of specimen Hexply AS4/8552 is shown in Fig. 10. 

With the increase of the impact stroke, the 

delamination expands at the most of the interfaces, 

except the one between the 23rd and 24th plies, 

which is at the top of the specimen and close to the 
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impactor. The delamination first occurs at the 

interface between the 7th and 8th plies at 0.3ms, 

while the most of the delamination initiation occurs 

at 0.8ms when the impact load first declines, as 

shown in Fig. 5. At the time 1.5ms, the impact force 

increases again, whereas the delamination area does 

not increase obviously. At the end of the impact 

stroke, namely at the time 2.5ms, there is the biggest 

delamination at the interface between 2nd and 3rd 

plies which is at the bottom of the specimen and far 

away from the impactor. From the top to the bottom 

of the specimen, the delamination area increases, 

which is consistent with the conic distribution of the 

delamination under impact observed in experiments 

[7]. 

5 Conclusions 

By combining the continuum damage mechanics and 

the cohesive zone model, an integrated numerical 

method for the evaluation of composite laminates 

damage under low-velocity impact is proposed. The 

progressive failure behaviors of fibers, matrix and 

interfaces between plies are taken into account. The 

predicted results by the numerical method have a 

good agreement with the experimental results, and 

the proposed method leads to stable simulations, 

overcoming the numerical instability for the 

evaluation of composite laminates damage under 

low-velocity impact. 
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        Fig. 1. Cohesive zone model 

Table 1 HTS Carbon/MVR-444 epoxy ply material parameters [23] 

E1 E2 G12 12 Xt Xc Zt Zc S GIC GIIC 

GPa GPa GPa  GPa GPa MPa MPa MPa N/mm N/mm 

114 8.6 4.45 0.3 1.85 1.2 35 170 75 0.17 1.2 

 
Table 2 Hexply AS4/8552 ply material parameters [23] 

E1 E2 G12 12 Xt Xc Zt Zc S GIC GIIC  

GPa GPa GPa  MPa MPa MPa MPa MPa N/mm N/mm kg/m3 

135 9.6 5.3 0.32 2207 1531 80.7 199.8 114.5 0.28 0.79 1590 

 

 

Fig. 2. Finite element model 
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Fig. 3. Load-time curve of the impactor corresponding to 

specimen HTS Carbon/MVR-444 
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Fig. 4. Load-displacement curve of the impactor 

corresponding to specimen HTS Carbon/MVR-444 
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Fig. 5. Impactor reaction force and displacement histories 

corresponding to specimen Hexply AS4/8552 

 

 
Fig. 6. Total predicted damage (solid line) and C-Scan 

damage (dotted line) of specimen HTS Carbon/MVR-444 

 

 
Fig. 7. Total predicted damage (solid line) and C-Scan 

damage (dotted line) of specimen Hexply AS4/8552 
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Fig. 8. Energy histories of specimen HTS Carbon/MVR-

444 
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Fig. 9. Energy histories of specimen Hexply AS4/8552 
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1. Introduction  

 

The collapse of underwater implodable volumes, for 

example due to hydrostatic pressure, is a highly 

dynamic phenomenon and can have catastrophic 

effects on nearby structures. To achieve accurate 

numerical modeling of these effects, fluid-structure 

interactions must be taken into account.  

 

The implosion occurs due to a large pressure 

differential across the water-gas surface (the 

bubble). This forces the bubble to collapse and 

initiates a cyclic motion of expansions and 

contractions. The dynamic cycle repeats as damping 

reduces the amplitude of the oscillations. The first 

pressure wave is strongest and may cause structural 

damage. The waves also are an acoustic source 

which is important for the sonar signature. 

Understanding this phenomenon is crucial in that the 

collapse of one small pressure housing could trigger 

a chain reaction of implosions with increasing 

destructive capability, exemplified by [1]. 

 

Lord Rayleigh (1917) [2] and Lamb (1932) [3] were 

the first to examine the theory for spherical bubbles. 

Their work provided a framework for later 

implodable volume analyses. However by assuming 

an incompressible fluid, their analysis was only 

applicable for one cycle. The Rayleigh theory was 

modified to account for inner gas pressure leading to 

the oscillating expansion-contraction theory.  

 

The Keller-Kolodner [4] model developed for 

underwater explosions can be easily adopted for 

underwater spherical implosions. Keller and 

Kolodner treat the water as a compressible fluid 

which leads to damped oscillations of the bubble. 

Epstein and Keller [5] then developed the 

formulations to handle planar, cylindrical, and 

spherical bubbles during implosions and explosions.  

 

Many groups of researchers have done work 

combining bubble collapse theory with structural 

analysis. For example, Cor and Miller [6, 7] 

investigated spherical and cylindrical implosions 

using the Laplace equation, which leads to 

undamped oscillations and hence is only applicable 

for the first cycle. They considered the effect of 

interior structures of brittle, plastic, and elastic shells 

on implosion dynamics. Kalumuck et al. studied 

fluid-structure interactions using a three dimensional 

boundary finite element model [8].  Iakolev’s work 

on submerged shells subject to a shock wave [9] can 

be applied to implosion problems. 

 

In terms of experimental research there has been 

relatively limited work reported in open literature. 

Vazant et al. imploded 27 aluminum spheres with 

three interior configurations: vacuum, air at one atm 

of pressure, and filled with Styrofoam pellets. They 

found that recorded pressures were lower than 

theoretical results, oscillation periods were longer 

than theory predicted, while inertia results matched 

well with theory [10]. Orr and Schoenberg imploded 

glass spheres of varying radii and depths. They 

reported implosion depth and pressure versus glass 

thickness, as well as the acoustic signature of the 

spheres [11]. Turner also studied glass spheres 

imploding due to hydrostatic pressure, and compared 

results to both his computational model and the 

Keller-Kolodner model [12].  

 

For naval applications, it is imperative to understand 

the response and integrity of underwater structures 

to implosive loads. This understanding should help 

to deduce methods of tailoring the internal structure 

to mitigate the emitted pressure pulses.  
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EFFECT OF FLUID-STRUCTURE INTERACTIONS ON 

UNDERWATER IMPLOSION DYNAMICS 

In the present work, computational models are used 

to investigate the mitigating effect of structural 

deformation on the process of underwater implosion 

dynamics. For this purpose, the problem setup 

involves a simple cylindrical implosion with a 

cylindrical shell placed inside the bubble. The focus 

is to examine the sensitivity of the implosion process 

to the variation of such parameters as inner shell 

structural characteristics and configurations. The 

benchmark for comparison is the peak acoustic 

pressure in the water at a specified distance from the 

initial bubble radius. 

 

The objectives of the present study are threefold. 

First is to use computer simulations to examine the 

dynamic process of underwater implosion events. 

This involves understanding both the response of 

structures to the loads during implosions but also the 

integrity of them under this dynamic loading. Of 

particular interest are composite structures and 

sandwich structures which have a high strength to 

weight ratio, and are becoming more commonly 

used for naval structures.  

 

The second objective is to investigate the effect of 

structural deformation on the implosion process. For 

this it is necessary to analyze different structural 

configurations and compare different designs. 

Comparisons are made using the peak acoustic 

pressure. The goal is then to use structural 

deformation to most effectively absorb energy and 

mitigate the effect of the implosion pressure peaks 

on the host or adjacent structures. One important 

question is if an implodable structure is to fail, can it 

be designed to minimize its destructive capability on 

other nearby structures. 

 

Finally the research will help identify behavioral 

trends and important parameters which can guide 

design choices. The focus here is to determine the 

sensitivity of the implosion process to various 

parameters. The parameters of particular interest are 

structural shell thickness, shell location relative to 

the initial bubble radius, depth, initial air pressure 

inside the structure, shell material properties 

(density, Young’s modulus, and Poisson’s ratio), 

among others. Additionally for these types of 

computations, such parameters as the time step, 

element size, and the domain size must be discussed 

to determine the necessary numerical resolution for 

the computational scheme. 

 

2. Problem Formulation and Approach 

 

One-dimensional spherical implosions were 

analyzed previously in [13, 14]. The present work 

considers cylindrical implosions and cylindrical 

shells. The governing equations for fluid motion are 

the conservation laws of mass, momentum, and 

energy. These conservation equations relate time 

derivatives of density, momentum, and energy to 

appropriate flux terms for each equation.  

 

For the underwater cylindrical implosion problems 

to be considered in the present work, boundary 

conditions are assumed to be hydrostatic at the far 

field, and no mixing at the bubble surface which 

separates water from gas. Therefore due to this 

assumption, there is zero momentum flux at both of 

the fluid boundaries. As such the effect of the 

momentum flux can be assumed to be negligible 

everywhere in the domain, and the convection term 

in the momentum equation can be ignored. This 

leads to the simpler governing law, which is a form 

of the wave equation: 

 
 

  
        

 

(1) 

where   is the velocity vector and   is the fluid 

density. The pressure   is defined using acoustic 

Hooke’s law with the bulk modulus  , which relates 

changes in pressure to changes in volume, as: 

             
 (2) 

where   is the displacement vector and    is the 

pressure at the state where displacement is zero. 

These equations are expressed in cylindrical 

coordinates for convenience. Introducing the finite 

element approximation to the wave equation leads to 

the following equation. 

 

   ̈         (3) 

 

In the above equation the variables          

symbolize the global fluid mass matrix, stiffness 

matrix, and load vector, while   and  ̈ are the nodal 

displacement and acceleration vectors.  
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A pressure boundary condition is applied at the 

bubble surface from the gas region and a zero 

displacement (hydrostatic) boundary condition is 

applied at the far end of the fluid domain. The fluid 

mesh is updated every time step to account for 

bubble motion. The fluid mass and stiffness matrices 

are updated at each time step to correspond to the 

new configuration of the fluid node points. 

 

The domain is assumed to be large enough that the 

displacement is set to be zero at the very last node 

point in the fluid domain. Therefore the pressure 

remains constant at the hydrostatic pressure at this 

point. Numerical studies [13, 14] show that this 

assumption is acceptable, as long as the domain 

outer radius is at least an order of magnitude greater 

than the initial bubble radius. 

 

The finite element formulation of the equations of 

elasticity is used to model the response of elastic 

cylindrical shell. The finite element approximation 

leads to the following equation:  

 

   ̈         (4) 

 

The variables           ̈   are the structural 

mass matrix, stiffness matrix, load vector, nodal 

acceleration vector, and nodal displacement vector.  

 

The finite element solver program has been 

developed and adapted to handle the fluid 

subsystem. The program is highly readable and 

adaptable. For the solution of the problem at hand, 

the explicit fourth order Runge-Kutta method is used 

for time discretization. The problem is nonlinear due 

to mesh updates every time step to handle the 

moving interface between the gas and liquid. To 

account for the mesh motion, the displacement is 

reset to zero at every time step, and the velocity and 

acceleration are interpolated using a spline fit.  

 

The validity of the fluid model has been verified by 

comparisons with the widely used Keller-Kolodner 

model for simple spherical bubbles. Errors in the 

peak acoustic pressure from the Keller model were 

less than 0.3% for spherical implosions [13, 14].  

 

Fig. 1 shows a section of the idealized model of 

infinitely long cylindrical bubble with interior 

cylindrical shells, which is used for all the results 

presented in the following sections. A similar 

problem setup was examined by Cor and Miller [6, 

7]. The fluid and the inner wall structure are coupled 

via the gas inside the bubble. The pressure in the 

outer and inner gas is found using the adiabatic 

constants         . The following equation shows 

how the gas pressures are updated at each time step. 

 
       [ (   

 )]             [ ( 
      

 )]   (5) 

 

In equation (5),   is the bubble radius, the variables 

         are the inner and outer radii of the structural 

domain which remains aligned with the shell as it 

deforms in time, the variables          are the inner 

and outer gas pressures, and   is the specific heat 

ratio. The adiabatic constants are found using the 

initial pressures and volumes of the inner and outer 

gas regions.  

 

 
 

Fig. 1: A cylindrical shell in a cylindrical bubble  

 
3. Numerical results 

 

3.1 No interior structure 

 

First considered is the case where no interior 

structures are present. The resulting maximum 

acoustic pressure in the fluid will serve as a 

benchmark for other cases. The initial bubble radius 

is 0.5 m and the depth is 100.0 m. Figs. 2-5 present 

the time histories for bubble radius, bubble velocity, 

acoustic pressure at 1.0 m from the bubble center, 

and gas pressure. 
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For this case, the maximum acoustic pressure at 1.0 

m from the bubble center is 41.45 atm, occurring at 

36.7 ms. At this time, the bubble achieves its 

minimum radius at 0.109 m. The pressure in the 

interior gas region also achieves a maximum 

pressure of 71.05 atm.  

 

 
Fig. 2: Bubble radius vs. time with no interior structures 

 

 

 
Fig. 3: Bubble velocity vs. time with no interior structures 

 

 

 
Fig. 4: Acoustic pressure at 1.0 m vs. time with no interior 

structures  

 

 
Fig. 5: Gas pressure vs. time with no interior structures 

 
3.2 Carbon-epoxy composite shells 

 

The goal of this exercise is to examine the effect of 

carbon-epoxy composite layup configurations to 

mitigate the maximum pressure peak from the first 

bubble collapse. For all six of the configurations, the 

bubble is initially at a radius of 0.5 m, and the shell 

has an initial outer radius of 0.48 m, with a thickness 

of 2.5 mm. Material properties of a single carbon-

epoxy ply are given in Table 1. 

 
Table 1: Material properties of carbon fiber-epoxy 

composite ply [15] 

Property Value 

Young’s modulus in fiber direction 142 GPa 

Young’s modulus in transverse 

direction 

10.3 GPa 

Shear modulus (fiber-transverse) 7 GPa 

Poisson’s ratio (fiber-transverse) 0.27 

Poisson’s ratio (transverse-transverse) 0.458 

Density 1580 kg/m
3
 

 

The six layups have fiber angles of [0/90/0/0/90/0], 

[90/0/45/45/0/90], [0/-60/60/60/-60/0] (quasi-

isotropic), [0/30/60/90/90/60/30/0], [0/60/45/90/90/ 

45/60/0],  and [0/15/30/45/60/75/90]. The results are 

compared with a rigid wall placed at 0.48 m to 

investigate the mitigative effect of structural 

deformation. The bubble radius, shell radius, and 

acoustic pressure in the water at 1.0 m are plotted 

with respect to time in Figs. 6-8. 

 

The results demonstrate significant mitigation due to 

structural deformation. The maximum pressure for 

no structures is 41.45 atm (Sec. 5.1), while for the 

rigid wall it is 26.82 atm. The [0/15/30/45/60/75/90] 

layup is the most effective, lowering the peak 

pressure to 20.21 atm, a 51.2% reduction from no 
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structures and a 24.7% from the rigid wall. The peak 

pressure mitigation is evidently dependent on the 

amount of deformation experienced by the structure 

and the smoothness of the transition from collapse to 

expansion.  

 

 
Fig. 6: Bubble radius vs. time for six composite laminates 

compared to rigid wall case 

 

 

 
Fig. 7: Outer shell radius vs. time for six composite 

laminates compared to rigid wall case 

 

 

 
Fig. 8: Acoustic pressure at 1.0 m vs. time for six 

composite laminates compared to rigid wall case 

 
3.3 Varying depth 

 

The next simulation involves varying the depth at 

which the implosion occurs, while keeping other 

parameters constant. A quasi-isotropic composite 

shell is used with a thickness of 2.5 mm. Depth 

values of 50, 100, and 200 m are used. Figs. 9-12 

illustrate the bubble radius, shell radius, and acoustic 

pressure results. Fig. 12 plots the maximum pressure 

at 1.0 m vs. the depth.  

 

Peak pressure values for the three depths are 11.58, 

21.43, and 38.15 atm, respectively. Fig. 12 shows 

that the relationship between the maximum pressure 

and depth is nearly linear.  

 

 
Fig. 9: Bubble radius vs. time for varying depth 

 

 
Fig. 10: Shell radius vs. time for varying depth 

 

 
Fig. 11: Acoustic pressure vs. time for varying depth 

 

 
Fig. 12: Maximum acoustic pressure at 1.0 m vs. depth 
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3.4 Varying initial shell radius 
 

This section details the effect of varying the initial 

location of the shell relative to the initial bubble 

radius. As the initial shell radius is varied, all other 

parameters are kept constant. A quasi-isotropic 

composite shell is used with a thickness of 2.5 mm. 

The initial radii values are 0.05, 0.1, 0.15, 0.2, 0.25, 

0.3, 0.34, 0.345, 0.35, 0.4, 0.45, and 0.48 m. Fig. 13 

and 14 present the bubble radius and acoustic 

pressure time histories for all twelve initial shell 

radii. Fig. 15 plots the maximum pressure vs. initial 

shell radius.  

 

It is interesting to note that, for small initial shell 

radius (less than 0.25 m), the maximum pressure is 

greater than the case where there is no interior 

structures. As the initial shell radius approaches the 

initial bubble radius the maximum acoustic pressure 

decreases rapidly. By placing an obstacle (the shell) 

to decrease the gas volume into which the bubble 

can collapse, the strength of the implosion and 

acoustic pressure peak decreases.  

 

 
Fig. 13: Bubble radius vs. time for varying initial shell 

radii 

 

 
Fig. 14: Acoustic pressure at 1.0 m vs. time for varying 

initial shell radii 

 
Fig. 15: Maximum acoustic pressure at 1.0 m vs. initial 

shell radius 

 

3.5 Varying shell thickness 

 

In the following simulation, the initial shell radius is 

kept constant, while the shell thickness is varied 

from 2.5 to 50.0 mm. The quasi-isotropic shell is 

placed at an initial radius of 0.48 m. Results are 

shown in Figs. 16-19. 

 

As the thickness increases the structure behaves 

more like a rigid wall, and one observes an 

asymptotic trend in the maximum acoustic pressure 

vs. thickness plot (Fig. 19). The thinner shells 

respond to the implosion with greater deformations. 

Similarly to other simulations, as structural 

deformation increases, the pressure peak decreases.  

 

 
Fig. 16: Bubble radius vs. time for varying initial shell 

thickness 

 

 
Fig. 17: Acoustic pressure at 1.0 m vs. time for varying 

initial shell thickness 
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Fig. 18: Shell radius vs. time for varying initial shell 

thicknesses 

 

 
Fig. 19: Maximum acoustic pressure at 1.0 m vs initial 

shell thickness 
 

3.6 Carbon-epoxy polyethylene sandwich shells 

 

The next case involves a sandwich structure with 

carbon-epoxy facesheets and a highly deformable 

polyethylene core section. The same six layups are 

compared, along with the rigid wall result. Figs. 20-

22 show the bubble, shell, and pressure time 

histories. The bubble is initially placed at 0.5 m, the 

structure outer edge is initially at 0.48 m. The face 

sheets of the sandwich structure are 2.5 mm thick, 

while the ultra-high molecular weight polyethylene 

(UHMWPE) core thickness is 5.0 mm. The 

UHMWPE core has isotropic material properties 

tabulated below in Table 2. 

 
Table 2: Material properties of Ultrahigh Molecular 

Weight Polyethylene foam [16] 

Property Value 

Young’s modulus 690 MPa 

Poisson’s ratio 0.32 

Density 930 kg/m
3
 

 

Again the [0/15/30/45/60/75/90] layup is the most 

effective among the six configurations analyzed at 

mitigation of the peak pressure. This layup achieves 

a maximum pressure of 21.81 atm, a 47.4% 

mitigation from no structure and a 18.7% mitigation 

from the rigid wall. The mitigative effectiveness of 

the sandwich structure is worse than the composite 

shell (Sec. 5.2) due to the total structural thickness 

being four times greater. This increases the in-plane 

stiffness of the shell, reducing the deformation and 

increasing pressure. However, the sandwich 

structure will be more effective if bending 

deformation is allowed. 

 

 
Fig. 20: Bubble radius vs. time for six sandwich structures 

compared to rigid wall case 

 
 

 
Fig. 21: Outer shell radius vs. time for six sandwich 

structures compared to rigid wall case 

 

 

 
Fig. 22: Acoustic pressure at 1.0 m vs. time for six 

sandwich structures compared to rigid wall case 
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3.7 Double hull structures  

 

This section details the results for a double hull 

structure with an additional air volume separating 

the two hulls. The two composite hulls are placed to 

match the sandwich structure with the polyethylene 

core replaced by air. Therefore, both composite 

shells have a thickness of 2.5 mm while the air 

region in between has a thickness of 5.0 mm. Time 

histories of bubble radius, the two shells’ radii, and 

acoustic pressure are given in Figs. 23-26. 

 

The peak pressure for the [0/15/30/45/60/75/90] 

composite shell is 21.33 atm, 2.2% lower than the 

composite-polyethylene sandwich structure. The 

shell experiences a deformation of 5.3 mm, 

compared to 3.5 mm for the corresponding sandwich 

structure. The other layups have a more significant 

disparity between double hull and sandwich results. 

The [0/90/0/0/90/0] double hull structure, for 

example, has a peak pressure of 22.9 atm, 5% lower 

than its value as a sandwich structure.  

 

 
Fig. 23: Bubble radius vs. time for six composite 

configurations for the double hull structure 

 

 

 
Fig. 24: Outer shell radius vs. time for six composite 

configurations for the double hull structure 

 

 

 
Fig. 25: Inner shell radius vs. time for six composite 

configurations for the double hull structure 

 

 

 
Fig. 26: Acoustic pressure at 1.0 m vs. time for six 

composite configurations for the double hull structure 

 

4. Conclusions 

 

Results for this idealized model demonstrate the 

influence of fluid-structure interactions on the 

dynamic problem of underwater implosions. The 

presence of deformable interior structures can 

greatly mitigate the peak acoustic pressure in the 

water, alleviating damage to nearby structures from 

the implosion event. Composite shells and sandwich 

structures in particular are shown to be effective 

energy absorbers. Fluid pressure and structural 

response are shown to be sensitive to parameters 

such as composite fiber orientation, depth, initial 

shell radius, and shell thickness.  

 

Future work involves the use of a new solver, called 

UMDynamics, which is three-dimensional and 

allows for more complex and physically relevant 

simulations. It will also incorporate structural failure 

modes, including buckling.  
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1. General Introduction 

Recent and ongoing research in fiber reinforced 

polymer composites has shown that there is a 

significant rate effect on the resin dominated 

stiffness and strength properties of these materials 

[1, 2].  Fabrication and testing of these composites 

is costly due to the expense of the material itself, 

and its anisotropic behavior that requires time 

consuming multi-axial testing.  In the case of 

carbon/epoxy composites, the fiber itself shows no 

rate dependence in its mechanical response.  This 

suggests that all of the rate effects on the composite 

can be traced to the matrix. Since the polymer 

matrix is basically isotropic, a much less costly 

evaluation of a composite can be achieved by 

characterizing the bulk matrix at various strain 

rates. 

The constitutive and strain rate behavior of epoxies 

under various loading conditions has been studied 

by many researchers [3-13].  Some studies focus on 

characterization of the resin at various rates [3, 4].  

Many investigators have focused on viscoelastic 

analysis and the determination of shift factors used 

in temperature-time superposition modeling [5-8]. 

Some have attempted to link the monomer structure 

to the bulk properties [9]. Goldberg et al. have 

published works on both testing various resins 

under multiaxial conditions at various rates as well 

as modeling with a state variable approach [10-13]. 

The objective of this study was to characterize a 

matrix resin under multi-axial loading at different 

strain rates and develop a general three-dimensional 

elasto-viscoplastic model that incorporates rate 

effects including dilatational and deviatoric states 

of stress. Emphasis was placed on development of a 

relatively simple model that would not require 

extensive testing for evaluation of a given matrix. 

 

2. Material Characterization 

 

2.1 Material and Specimen Preparation 

 

The polymer matrix investigated is a high stiffness, 

high strength epoxy (3501-6) commonly used in 

composites. It has a highly crosslinked structure 

that provides stiffness and strength but also reduces 

its ductility.  The B-staged resin is normally stored 

in a freezer.  The partially cured and frozen resin 

was chipped out, weighed, and placed in the mold. 

A small amount of acetone was added to reduce the 

resin viscosity and facilitate casting of the partially 

cured resin into the mold. The temperature was 

raised at a rate of 2 C/min up to 120 ºC, and held at 

that level for one hour.  During this stage the resin 

viscosity was low and vacuum was drawn at 760 

mm of Hg to remove any air that may have been 

trapped and to boil off any acetone that might 

remain in the resin.  Subsequently, the vacuum was 

removed and air was slowly bled back into the 

mold. For large volumes of resin, the amount of 

solvent is restricted to prevent the acetone from 

igniting as it boils off during the exothermic stage 

of the cure. The material was cast into closed molds 

to produce thin (3 mm) plates for tensile coupons, 

thick blocks for prismatic compression coupons, 

and thin-wall cylinders for specimens to be tested 

under torsion and combinations of torsion and axial 

tension or compression. In casting the cylinders, an 
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aluminum tube was used as the mold with a Teflon 

rod inserted as the core. 

The geometry and dimensions of the specimens 

used are shown in Figure 1. Specimens for uniaxial 

tensile testing were thin dogbone coupons with a 

gage section of 12.7 mm x 50.8 mm machined from 

3 mm thick sheets. Uniaxial compressive tests were 

conducted on thick prismatic coupons 12.7 mm 

long with a cross section of 7.62 mm x 8.89 mm.  It 

was important to maintain an aspect ratio of around 

1.5 because lower aspect ratios would lead to end 

effects producing a multi-axial stress state that  

would result in a higher apparent modulus and 

critical stress. A higher aspect ratio would cause 

buckling of the specimen and a decrease in the 

critical stress.  Aspect ratios from 0.125 to 2.7 were 

tested and it was found that low aspect ratios 

yielded stiffness values approaching the plane 

strain stiffness value (C11)  and the higher aspect 

ratios yielded the Young’s modulus E of the 

material.  An aspect ratio of 1.5 was chosen for the 

determination of Young’s modulus E (Figure 2). 

Tests under pure shear and combinations of shear 

and normal tensile or compressive stress were 

conducted on thin-wall cylindrical specimens. 

Since the resin used has a shear strength higher than 

that of available bonding epoxies, the cylindrical 

specimens were designed and machined with 

enlarged ends and fillets as shown in Fig. 1. The 

cylinders were machined using a lathe to produce a 

1.27 mm wall thickness in the gage section and a 

fillet radius of 11.4 mm.  The  cylindrical 

specimens were mounted on a steel post  used to 

apply compression and torsion.   

 

2.2 Testing  
 

Experiments were conducted at various strain rates 

ranging from 10
-5

 to 1500 s
-1

.  Lower rate 

experiments at less than 1 s
-1

 were conducted in a 

servo-hydraulic testing machine while the higher 

rate tests were conducted in a Split Hopkinson 

Pressure Bar system. Tension and pure shear tests 

at lower rates, 10
-4

 to 1 s
-1

 , did not show much rate 

dependence in stress-strain behavior. Similarly, the 

brittle failure under tensile loading did not show 

much variation (Figure 3). The rate effect was 

much more pronounced under uniaxial 

compression. 

Dynamic testing at high strain rates was conducted 

in a Split Hopkinson Pressure Bar (SHPB) system   

Typically, in such tests, either polymeric bars such 

as polycarbonate or metallic bars such as steel or 

aluminum are used. However, the resin tested was 

stiffer and stronger than most polymers and it 

would damage the ends of the bars during testing.  

For metallic bars, not only is there a very large 

impedance mismatch, the resin reaches ultimate 

failure at strains above 20%.  The wave speed in 

metallic bars is very high and the length of the bars 

needed to produce a long enough stress pulse to 

achieve the required ultimate strain was 

impractical.  A compromise was reached with 

composite (G-10) rods made of stacked layers of 

woven glass/epoxy.  The impedance of the bars was 

not too different from that of the resin, a fact which 

allowed stress equilibration within the specimen to 

occur much sooner than in the steel or aluminum 

Hopkinson bar systems (Figure 4).  The wave speed 

in the composite bars was much lower than that in 

the metallic bars, so that a 1.83 m incident bar was 

sufficient to capture most of the resin behavior.  

Because the glass fibers in the G-10 bars are 

oriented along the axis of the bar, the stress wave 

did not show much dispersion or attenuation, and 

thus, there was no need for a more complex 

viscoelastic analysis of the signals. The only 

concern was the lack of axisymmetry in the rods, 

but no significant difference was observed in the 

propagating pulse monitored by strain gages along 

the principal planes of the bar cross section. 

 

2.3 Stress-Strain Behavior 

 

Stress-strain curves were obtained over a wide 

range of strain rates. The compressive stress-strain 

curves shown in Figure 5 have the same overall 

form and share many key features. They exhibit a 

linear elastic region up to the yield point, followed 

by a plastic region up to a critical point of material 

instability, the “critical stress.”  Next, follows a 

softening plateau reaching a local minimum, 

followed by strain hardening. All curves share the 

same initial modulus. The rate dependence appears 

only in the nonlinear regime.  The characteristic 

features of the curves expand radially from the 

origin with increasing strain rate as highlighted in 

Fig. 5.  
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These characteristic properties vary linearly with 

the logarithm of strain rate as shown in Figure 6. 

The resulting rate dependence can be expressed as 

               







 1log

0
100









 mPP    (1) 

where  P  is the rate dependent property,  0P  

is the property at the reference strain rate (10
-4

 s
-1

 in 

this case) and m is the slope of the linear 

logarithmic relation (0.096 in this case).  Using this 

relation, the stress-strain curves were transformed 

into one master curve at the reference strain rate as 

shown in Fig. 7.  

 

3.  Constitutive Modeling of Polymeric Matrix 

 

3.1 Potential Function 

 

Most models for polymers are expressed in stress 

space.  However, because of the softening and 

subsequent hardening behavior of the stress-strain 

curves, the strain dependence of the stress is not 

unique. For this reason an approach formulated in 

strain space was used. It is also valuable to break up 

the constitutive response into two regions, one pre-

critical stress and the other post-critical stress 

region.  Here the emphasis was placed on the 

material behavior in the pre-critical stress region.  

In a general nonlinear elastic-plastic stress-strain 

response shown in Figure 8, the total stress 

increment can be decomposed into an elastic part 

and a plastic part as 

                    
p
i

e
ii ddd                            (2) 

The elastic stress increment is linearly related to the 

total strain increment by the stiffness Cij  as 

                      jij
e
i dCd      (3) 

The plastic stress increment is related to a potential 

(or loading) function through the associated flow 

rule and normality rule as follows: 

                     
i

p
i

f
dd







    (4) 

where i = 1, 2, …, 6; f is a plastic potential 

function; and dλ is a scalar function of 

proportionality.  The constitutive model sought is 

obtained from the plastic potential and scalar 

functions. 

A plastic potential function was proposed based on 

a modified Drucker-Prager [14] yield criterion.  

The proposed model describes the multi-axial 

stress-strain behavior and accounts for coupling of 

deviatoric and dilatational deformation and the sign 

of the normal stress (tension or compression). The 

potential function in strain space is expressed as:  
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where a, av, and b are plastic anisotropy numbers, 

and  is the effective strain that contributes to 

plastic work. All  strains are elastic-plastic strains 

defined as: 

                       
y
i

t
ii                           (6) 

where t
i is the total strain and 

y
i is the yield 

strain.  For this material, under most loading 

conditions the yield strain is effectively zero as the 

material shows nonlinear behavior from the start.  

However, under compression, the normal strain is 

linear up to a certain point.  This region does not 

contribute to the plastic work performed, as shown 

in Figure 8.  For the master compressive stress-

strain curve, this normal yield strain is 1.6%. 

 

3.2 Constitutive Relations 

 

The incremental plastic strain energy per unit 

volume is given in terms of the effective plastic 

stress as 

                         
pp

iip dddW     (7) 

Where 
pd is the increment in effective plastic 

stress.  Replacing the plastic stress increment with 

the gradient of the potential function by the flow 

rule of Eq. (4) we obtain, 

           


 dd
f

d
i

i
p 




   (8) 

Therefore, the scalar function of proportionality is 

given by 

           
pdd      (9) 

Assuming a power law relationship between the 

effective plastic stress and effective strain as 

            
np A     (10) 

we obtain the following expression for the scalar 

function of proportionality: 

              dnAd
n 1

   (11) 
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The incremental effective strain, as defined in Eq. 

(4), is 

                      

j
j

d
f

d 






              (12) 

Using Eqs. (2-4), and (9-12) we obtain the 

constitutive elasto/viscoplastic model for the total 

stress and strain increments as 

  j
ji

n
iji d

ff
nACd 























 1  (13) 

In order to account for the rate effect, compressive 

normal stresses and strains must be transformed to 

the reference strain rate using Eq. (1). 

 

3.2 Model Parameters 

 

The constitutive law is expressed in terms of three 

parameters associated with the potential function, a, 

av, and b, and two power law parameters, A and n, 

which relate the effective plastic stress with the 

effective strain. However, the three parameters in 

the potential function are not independent.  They 

are used to transform any given state of strain into 

an effective strain.  For this reason, the potential 

function can be normalized by one of the 

parameters, or any loading condition can be chosen 

to represent a strain  equivalent to the effective 

strain.  Since the pure shear and tension tests 

produced relatively low strains before failure, the 

uniaxial compression test was chosen to yield the 

effective strain.  In this test, 1 denotes the axial 

strain, the shear strains being zero, and  

                       132               (14) 

Substituting these into the potential function, we 

obtain the following relation 

        













 212112 2

1
22

1 baaf v
    (15) 

Since, under uniaxial compression, the axial strain 

is chosen as the effective strain 

             1212112 2

1
22

  baa v      (16) 

This provides a direct relation for the sign 

dependent dilatational constant b in terms of a, and 

av 
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 vaa

b            (17) 

A direct expression for parameter a can be found by 

comparing the pure shear and uniaxial compression 

tests at the critical point.   At the critical point the 

slope of the stress-strain curve is zero  

                       0
6

6

1

1 
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d
            (18) 

Using the incremental constitutive law in Eq. (13) 

and Eq. (18), we obtain the following relations  
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By definition, from Eq. (15) for a uniaxial 

compression test, 

                        1
1








f
             (21) 

and for a pure shear test 
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1

6

6a
f







            (22) 

Thus, by combining Eqs. (19-22), an expression for 

parameter a can be found 
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The final potential function parameter, av, can be 

found from the tension tests.  It is sensitive to the 

value of av, so that it is not difficult to fit it to the 

remaining data.  The parameter av was found to 

have a value of 5.8.The power law parameters A 

and n were determined by using the critical point 

under uniaxial  compression.  Equation (19) can be 

rewritten in terms of the product nA at the critical 

point c  

        
  

 
n

c
n

c ECnA








11
11

1

211





       (24) 

Then, substituting in the total strain value from Eq. 

(6) we obtain 

                          nyt
cEnA




1

1 1            (25) 

The critical stress is then found by integrating the 

incremental constitutive law, Eq. (13), from zero to 

the total critical strain, 
t

c  

              1
0

1

11

1
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dnAE

t
c n

yt
c  



        (26) 
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Substituting in Eq. (25) and integrating, we obtain 

an expression for n   

                       
 

c
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Finally, rearranging Eq. (25) provides an 

expression for A  

                       
 

n

E
A

nyt
c






1

1 1
           (28) 

All five model parameters can be obtained using 

the basic elastic constants of the material, the 

characteristic properties of the stress-strain curve    

( y c, and critical 

c) and by fitting the stress-strain curve 

under uniaxial tension. 

Using these parameters and the experimental data 

from uniaxial tension and compression, pure shear, 

and combined loading tests, as well as the 

transformed stress-strain curves at various strain 

rates, all of the effective strain-effective plastic 

stress curves collapse into a master curve as shown 

in Figure 9.  The heavy solid black curve is the 

power law approximation for this relationship 

obtained as discussed above. 

 

3.3  Model Validation 

 

The model was formulated using uniaxial tension 

and compression and pure shear tests at different 

strain rates.  Figures 10 and 11, show that the 

predictions of the proposed constitutive model are 

in excellent  agreement with experimental results. 

All of the tests and model predictions reported thus 

far have been uniaxial stress or strain tests, but the 

model is valid for combined loadings as well.  Two 

minor changes must be made to the model 

derivation described above. First, to account for the 

rate effect, the strain rates used in Eq. (1) must be 

converted to effective strain rates.  This extends the 

the model to include strain rate effects under multi-

axial states of stress and strain. 

                  







 1log

0
100









 mPP                (29) 

This change does not affect any of the results 

presented earlier, applied only for uniaxial 

compression tests. Under those loading conditions, 

the effective strain is equivalent to the axial strain.  

The other modification is that the yield strain used 

before is a principal yield strain and it must be 

changed to the axial yield strain under the given 

loading condition. 
For combined loading tests, the same thin wall 
cylindrical specimen and procedure were used as 
for the pure shear tests.  The servo-hydraulic 
testing machine was controlled to apply a constant 
displacement rate in compression and rotation to 
provide the desired loading condition.  For these 
tests, the compressive strain rate was specified to 
be 75% of the shear strain rate. This would provide 
a loading condition that would exhibit nonlinearity in 
both compression and shear.  Tests were 
conducted at two different strain rates  to confirm 
that the model could account for  rate effects under 

combined loading. Figure 12 shows excellent 

agreement between predictions of the proposed 

constitutive model and experimental results under 

combined compression and shear at two strain 

rates.  
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Fig.1. Specimen geometries and dimensions 

(a) Tensile, (b) Compressive, (c) Shear and combined 

stress specimens 

 

 
Fig. 2. Effect of aspect ratio on compressive response 

 

 
 

Fig. 3 Tension and shear stress-strain curves  

at two strain rates 
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Fig. 4. Stresses at ends of resin specimen for different 

Hopkinson bar materials 

 

 
 
Fig. 5. Compressive stress-strain curves at various strain 

rates showing radial alignment of characteristic features 

 

 
Fig. 6. Variation of normalized critical and yield stresses 

with strain rate 

 

 
 

Fig. 7. Master compressive stress-strain curve at 

reference strain rate 

. 

 

Fig. 8. Definition of plastic stress and plastic work 

 

 
Fig. 9. Collapsed curves of tension, shear, compression 

and combined loadings at various strain rates with power 

law model 
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Fig.10. Comparison between model predictions and 

experimental results for  

(a) uniaxial tension and  (b) shear tests   

 
Fig. 11. Comparison between model predictions and 

experimental results for uniaxial compression tests at 

different strain rates 

 
Fig. 12. Combined loading experiments and model 

predictions at different strain rates   

 

Table 1 Model parameters 

Parameter Value 

a 0.123 

av 5.4 

b -0.108 

A 20123 

n 1.68 
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1. Introduction 
In recent years, optical fiber (OF) based sensing 
techniques have been applied to monitor prestress 
loss in prestressed concrete due to their excellent 
performance, such as corrosion resistance, high 
durability, high accuracy, electro-magnetic resistance, 
quasi-distribution, and absolute measurement [1-3]. 
Watkins employed the Fabry-Perot interferometric 
sensor to measure the internal strain in the main 
load-carrying layers [4]. Idriss et al. installed 2m 
long gauge optical fiber deformation sensors into 
concrete girders of the Rio Puerco and I-10 Bridge 
over a University in Las Cruces in order to evaluate 
the in-situ material properties, prestress losses and 
cambers in the girders [5]. Xuan et al. installed 14 
fiber-optic sensors on the steel strand through the 
pre-designed window on a sewage-treating tank [6], 
to monitor and quantitatively evaluate the prestress 
losses in the steel-strand reinforced concrete 
structures. Zhou et al. integrated the optical fiber 
sensors into fiber-reinforced polymer rebars for their 
improved ruggedness, and then used these smart 
FRP rebars for cables and steel strands to monitor 
the in-service long-term stress conditions. Their 
results indicated that the smart FRP rebars had good 
compatibility with the steel strands in both 
mechanical and sensing properties [7]. 
As a type of OF sensor, the Optical Fiber Bragg 
grating (OFBG) sensor has been widely accepted as 
a novel non-destructive evaluation (NDE) technique 
in monitoring strain and temperature profiles of 
structures under service conditions [8]. In recent 
years, a number of researchers have focused on the 
application aspect of the OFBG-based method in 
FRP composite materials and structures, including 
but not limited to: FRP hardening process 
monitoring, FRP-OFBG smart materials and 
structures using FRP bars, plates and cables, and 
other FRP reinforced or strengthened structures 
[9-11]. 
Nowadays, rehabilitation of deficient structures has 

become an important topic increasingly attracting 
research attention. Fiber Reinforced Polymer (FRP) 
composites have been more and more used as 
effective rehabilitation materials in this field. The 
advantages of FRP materials over traditional 
materials such as concrete or steel include the high 
corrosion resistance, light weight, high specific 
strength and stiffness, low maintenance costs 
[12,13]. 
The use of FRPs in structural rehabilitation, such as 
the externally bonded method, has been extensively 
researched in lots of literature. However, the 
prevalent debonding failure still remains an issue for 
this method. The near-surface mounted (NSM) 
method, on the other hand, has shown promising 
improvements in this type of failure as well as 
increasing the flexural and shear strength of the 
concrete members [14,15]. The prestressing concept 
has also been applied to this technique to more 
efficiently utilize the high strength of the composite 
materials, using methods such as gradient, hydraulic 
jacking and external post-tensioning [16,17]. In 
addition, prestressing is found to further improve the 
serviceability condition of the structure by 
decreasing the deflection under service loads and 
preventing or delaying the crack formation and 
propagation in concrete. However, the effectiveness 
of the prestressed NSM technique is still limited by 
the constructability in the field and especially the 
amount of short-term and long-term prestress losses 
in the system.  How to reliably monitor these losses 
for precise control of prestress application to meet 
the design expectation is a challenging issue. 
In this paper, the OFBG technique is applied to 
monitor the prestress losses and damage propagation 
in a series of reinforced concrete beams strengthened 
with NSM CFRP strips pre-tensioned by a newly 
developed prestressing device. The NSM strips were 
prestressed to various levels of stress and the 
flexural capacities of the beams were obtained by 
performing four-point bending tests. Bare OFBG 
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Fig.4 Effect of adhesive layer thickness on the strain 

transfer error coefficient 
 
From Figure 3, one can see that the error rate 
decreases as the shear modulus increases. The error 
rate increases as the thickness of adhesive layer 
increases. Theoretically, a thin adhesive layer is 
desired when bonding the OFBG sensors to CFRP if 
similar strain changes are expected to those in the 
conventional electrical strain gauges. The strain 
changes of the NSM CFRP strips can then be 
obtained using the modification coefficient (k) from 
Eq. (2) as: 

εk
ch

                
(4) 

In this study, the shear modulus(G)of the adhesive 
used for bonding OFBG and CFRP strips is about 
1.15GPa, and the adhesive layer thickness (h) is 
about 0.6mm.The error rate (η) and the modification 
coefficient (k) are thus calculated to be0.052 and 
1.055, respectively. 

2.3 Analysis of prestress loss 

Due to the small size of the OFBG sensor, its 
deformation can be assumed to be the same as that 
of a single fiber. According to the strain transfer 
theory previously discussed, the stain of the NSM 
CFRP strip can be easily obtained. Based on the 
Hook’s law, the stress of the CFRP strip is calculated 
from the strain measured by the OFBG sensor, i.e., 

B
i

B
i

k

EE








2.1         

(5) 

Where σ is the stress of the CFRP strip, Ei is the 
elastic module of the CFRP strip, ΔλB is the change 
of central wavelength of the OFBG sensor, and αε is 
the modified strain sensitivity coefficient of the 
OFBG sensor, which typically equals to the 
modification coefficient (k) times the original strain 

sensitivity coefficient of the OFBG sensor (i.e., 1.2 
pm/με). 
Prestress loss is essentially the decrease of the initial 
prestressing force in the CFRP strips. It typically 
consists of two parts: the instantaneous short-term 
loss and the time-dependent long-term loss. The 
instantaneous loss occurs immediately after the 
release of the CFRP strips from the anchors and can 
be due to friction during the post-tensioning, 
anchorage settlement at the end of the prestressed 
CFRP strips, and the elastic shortening in concrete. 
The time-dependent loss occurs more slowly over 
the life span of the prestressed structure and it 
includes the losses due to CFRP strips relaxation, 
creep and shrinkage of the bonding agent and 
concrete. Since the CFRP material behaves linear 
elastically, the Young’s modulus of the material (Ei) 
is a constant. In addition, the strain sensitivity 
coefficient of the OFBG sensor (αε) is a constant. 
Therefore, the total prestress loss can be obtained 
through monitoring the strain level in the OFBG 
sensors, i.e., the change of central wavelength of the 
OFBG sensor (ΔλB). 

3. Experiment of monitoring prestress loss 

3.1 Materials 

Figure 5 illustrates the OFBG monitoring system 
used in this study. The bare OFBG sensors used have 
a central wavelength changing scale larger than 
10000 pm and a gauge length of 15mm. The strain 
and temperature sensing coefficients of the sensor 
are 1.2 pm/με and 10 pm/C, respectively. The 
Micron Optics OFBG interrogator used has 4 
channels with a scanning frequency of 50Hz and the 
wavelength range is about 1510—1590 nm. 

 
Fig.5 OFBG monitoring system 

 
The NSM CFRP strips are16 mm wide and 4.5 mm 
thick with a roughened surface condition. The 
mechanical properties of the CFRP strips are listed 
in  Table 1, with the data provided by the 
manufacturer and obtained from laboratory tests per 
ACI 440.3R-04 [21].The bonding agent is Sikadur 
32 epoxy, which is a 2-component, 100% solids and 
moisture-tolerant structural epoxy adhesive. The 
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mechanical properties of the adhesive per 
manufacturer’s data are shown in Table 2. The 
average 28-day compressive strength of the normal 

weight concrete is tested as 28.9 MPa per ASTM 
C39 [22]. 

 

Table 1Properties of NSM CFRP strips 

Size 

(mm) 

Sectional area 

(mm2) 
Source 

Elastic modulus 

(GPa) 

Tensile strength 

(MPa) 

Tensile 

strain (%)

16×4.5  71.3 
Manufacturer 124.00 1,965.00 1.50 

Laboratory 124.51 1,675.82 1.42 

 

Table 2Mechanicalproperties of the adhesive 

Test Value 
ASTM test  

method 

Tensile strength (MPa) 48 D638 

Tensile modulus (GPa) 3.726 D638 

Elongation at break (%) 1.90 D638 

Flexural strength (MPa) 48.3 D790 

Flexural modulus (GPa) 4.8 D790 

Shear strength (MPa) 43 D732 

Bond strength (MPa) 13.8 C882 

 

3.2 Setup configuration 

Eight 1.37 m long concrete beam specimens were 
constructed, where each specimen had a rectangular 
cross-sectional dimension of 152 mm wide and 203 
mm high (i.e., 6×8 in). These beams were designed as 
conventional steel reinforced concrete beams per ACI 
318-08 [23]. Two control specimens (C-A and C-B) 
strengthened with non-prestressed NSM 
reinforcement was constructed for comparison 
purpose. For the strengthened beams, one NSM 
CFRP strip was embedded at the bottom surface of 
the concrete, where a 28.5 mm deep and 25 mm wide 
groove was cut first. Figure 6 illustrates the overall 
cross-sectional dimension and the reinforcement 
details of the beams. To monitor the prestress loss 
and strain levels, two bare OFBG sensors were 
bonded on one side of the flat surfaces of the CFRP 
strip near the center and quarter length 
(corresponding to the mid-span and quarter-span 
location of the beam). For comparison purpose, two 

conventional electrical strain gauges were also 
installed at the same locations along the length but on 
the opposite side of the flat surfaces, as shown in 
Figure 7. 
 
 
 

 
Fig.6 Beam cross-section 
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changed from 1785.8με to 1146.9με, corresponding 
to a prestress loss of 63.0% and 35.8%, respectively. 
Beams C-15-A and C-15-B had a 41.4% and 40.0% 
prestress loss, respectively. Beams C-20-A and 
C-20-B had a loss of 44.0% and 53.1%, respectively. 
It can also be seen that, in general, the prestress 
losses at the quarter-span is slightly higher than that 
at the mid-span. 

 
Fig.11 Prestressing losses in CFRP strip monitored 

by OFBG at: (a) mid-span, and (b) quarter-span 
 
The prestress losses measured by the OFBG sensors 
are further confirmed by the use of conventional 
strain gauges. It also can be seen that certain 
difference exists between the data obtained from the 
OFBG sensors and the conventional strain gauges, as 
shown in Figure 12. This was likely caused by the 
existence of the additional torsional moment 
introduced by hand tightening the nut on the 
anchorage ring at one end of the prestressing unit. 

 
Fig.12 Comparison of prestress losses from OFBGs 

and strain gauges over: (a) initial12hours 
immediately after prestressing, and (b) over 6 days 

after prestressing 
 
Using Eq. (4), the actual strain difference in the 
CFRP strips can be obtained by multiplying the stain 
values from the OFBG sensors by the modification 
coefficient (k). The resulting prestress losses in the 
CFRP strips can then be calculated from the modified 
strain difference using Eq. (5). Figure 13 compares 
the prestress losses after the initial 12 hours (12h) and 

at the end of the 6-day monitoring period (6d). It can 
be seen that at the end of the 6-day period, the 
maximum amount of prestress loss reached 
141.81MPa in beam C-20-A and the minimum was 
80MPa in beam C-10-A. 
 

 
Fig.13 Comparison of prestressing losses from 

OFBGs after initial 12hours and 6days 

4. Experiment of beam bending test 

4.1 Specimens and test setup 

All beam specimens were tested under a 4-point 
bending configuration at the end of the 6-day 
monitoring period. The beams were simply supported 
at the ends and the deflection of the beam was 
measured using linear potentiometers (LPs) at both 
the mid-span and the quarter-span. The strain levels 
in CFRP were measured by the OFBG sensors and 
the strain gauges. Figure 14 illustrates the overall test 
setup and the instrumentation plan. 

 
Fig.14 Beam bending test setup and instrumentation 

plan 

4.2 Beam test results 

Comparing to the control specimen (C-B), the 10% 
prestressed beam specimens, C-10-A and C-10-B, 
showed an increase of the ultimate load-carrying 
capacity of 24% and 6%, respectively (Table 3) [25]. 
Specimen C-15-A only had a 3% increase over the 
control specimen, and C-15-B, C-20-A and C-20-B 
had slightly lower capacities than the control due to 
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the localized failure in concrete around the anchorage 
zones. In addition, the maximum strain changes 
obtained by the OFBG sensors generally compare 

well with those from the strain gages (except for C-B 
and C-10-A), as shown in Table 3. 

Table 3 Summary of beam test results 

Beam Max load (kN) 
Max strain changes during loading test

Max Displacement (mm)
SG (με) OFBG (με) 

C-B 84.1 4160 2900 N/A 

C-10-A 104.6 4116 3308 13.2 

C-10-B 89.4 3078 2784 8.9 

C-15-A 86.8 2444 2493 9.4 

C-15-B 76.1 2404 1982 14.0 

C-20-A 75.7 2527 2386 7.9 

C-20-B 76.1 1252 1043 27.4 

Figure 15 shows the representative time history of 
the strain level measured in the OFBG sensors 
during the loading process. It can be seen that the 
strain in the beam had sudden changes at specific 
times under given loads. These sudden changes of 
strain actually corresponded to the location of the 
crack and the propagation of the damage. For 
example, the strain in the beam C-10-A suddenly 
changed at the 32nd second, when the load reached 
about 104.6kN, as shown in Figure 16. At that time, 
a large crack was actually observed in concrete near 
the location of the OFBG sensor (C-10-AE), as 
shown in the picture in Figure 16. However, the 
conventional strain gauges were not able to capture 
this sudden strain change since the monitoring 
frequency of electrical-based strain gauge method is 
limited. 

 

Fig.15 Strain changes in CFRP strip and typical 
crack pattern (C-10-A) 

5. Conclusions 

In this paper, bare OFBG sensors are integrated into 
the NSM CFRP strips as a novel monitoring method 
to measure prestress, monitor prestress loss and 

detect damages during the loading process. Although 
small measurement differences existed in the 
OFBGs and conventional strain gages due to the 
design of the anchorage and prestressing unit, the 
OFBG method was able to capture the prestress 
losses and detect the cracking in concrete. The 
following conclusions can be drawn from the current 
study: 
 The bare OFBG sensors can be easily installed 

and integrated into the prestressed NSM CFRP 
strips or other FRP materials for monitoring 
purpose in the field. 

 The monitoring results based on the OFBG 
sensors showed that this method measured an 
accurate trend of the instantaneous prestress 
loss and also the time-dependent long-term 
prestress losses. 

 The strain response by the OFBG sensors can 
provide useful information on the formation of 
cracks (damage) in the concrete. 

 The accuracy of the OFBG based method is 
reliable and can be used in monitoring the 
structural response under external loading 
conditions. 
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1 Introduction  

Randomly Oriented Fiber Reinforced Composites 
(ROFRC) are omnipresent in structural materials [1, 
2]. They have the advantage of easy manufacturing 
and good mechanical properties. They are used in 
automotive [1, 2], aerospace [3], construction and 
biomedical applications. The difficulty in fully 
exploiting ROFRCs lies partially in the lack of 
modeling efforts to understand and accurately 
predict their properties. The objective of this work is 
to provide very accurate estimates for the 
mechanical properties of randomly oriented fiber 
reinforced composites. In the literature, ROFRCs 
modeling is usually performed either through 
analytical models (e.g., Mori-Tanaka [4]), or 
through finite element (FE) models [5]. Most FE 
studies of ROFRCs did not establish if the volume of 
material they represented is actually the 
Representative Volume Element (RVE) of the real 
material due to the complexity of the RVE 
determination process. As a result, one could 
question the validity of a wide range of published 
papers on the topic. Analytical homogenization 
schemes, like the self-consistent and that of Mori 
and Tanaka, can provide firsthand effective 
properties estimations. However, their accuracy for 
randomly distributed high aspect ratio fibers has 
never been rigorously established.  
Several works have thoroughly assessed the 
modeling methods of simpler microstructures such 
as randomly dispersed spheres [6, 7] or aligned 
fibers composites [8]. In contrast, very few studies 
targeted the complex case of ROFRCs, especially 
for high aspect ratios (length over diameter). The 
highest aspect ratio for which the RVE has been 
reported is only of 5 [9], whereas ROFRCs materials 
such as carbon nanotube reinforced nanocomposites 
can have aspect ratios up to 1000. 
The specific objectives of this work are to i) 
rigorously and thoroughly determine the appropriate 
RVE for ROFCs and ii) also evaluate the accuracy 
of analytical homogenization models.  

In the following, the present work is described in 
three different sections: Sections 2 and 3 present the 
analytical and FE homogenization methods, 
respectively. Section 4 presents the RVE 
determination methodology. The effective properties 
of numerical homogenization of the RVE are 
compared to the analytical estimations in Section 5 
in order to validate the analytical models and 
identify the best suited analytical method for 
randomly oriented fibers microstructures. The 
conclusions are listed in Section 6. 
 

2 Analytical homogenization  

The analytical models are categorized as one- 
and two-step models. In one-step models, the overall 
properties of ROFRCs are calculated in a single 
homogenization step whereas a combination of two 
models are sequentially used in the second approach 
[10]. Two-step methods are noted herein by "1st 
method/2nd method". Three analytical models are 
herein presented, namely: the one-step Mori-Tanaka 
(M-T) scheme, the two-step Self-Consistent 
(SC)/Voigt and Lielens (Li)/Voigt models. 
 

2.1 One-step Mori-Tanaka 

Benveniste [11] presented the Mori-Tanaka 
formulation to describe composites with randomly 
oriented inclusions. The stiffness tensor is evaluated 
using the orientational average as: 

 
Cα

MT=Cm+cf{(Cf - Cm) : T} : [cm I + cf {T}]-1   (1) 
 

where C and c denote the stiffness tensor and the 
volume fraction, respectively. Subscripts ‘m’ and ‘f’ 
represent the matrix and fiber, respectively, and 
curly brackets {.} stand for orientation averaging. 
Tensor T is given by: 

 
T = [I + Sm : Cm

-1 : (Cf - Cm)]-1               (2) 
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where Sm is Eshelby's tensor [12] where the matrix is 
the infinite media. 

 

2.2 Two-step methods 

In two-step methods, the RVE is decomposed 
into a number of discrete subregions α (α= 1, 2, … 
n) where the fibers are aligned along an arbitrary 
direction as illustrated in Fig.2. The homogenized 
elastic tensor of each subregion, Cα, is calculated in 
a first step using either of the SC scheme or Li 
model. 

The SC scheme for aligned reinforcements is 
given by: 

 
CSC=Cm+cf[(Cf-Cm)]:[I+SSC:(CSC)-1:(Cf-CSC)]   (3) 

 
where SSC is Eshelby's tensor where the effective 
composite is the infinite media. 
 

The Li model is expressed by: 
 
CLi=Cm+cf[(Cf-Cm)]:[ÂLi[(1-cf)I+cfÂLi]-1      (4) 
 

where 
 

ÂLi={(1-c*)[Âlower]-1+c*[Âupper]-1}-1        (5) 
 

and c* is related to the reinforcements volume 
fraction as: 

c*=(cf+cf
2)/2                           (6) 

 
Âlower and Âupper are given by: 

 
Âlower= T                              (7) 

 
Âupper=[I + Sf : Cf

-1 : (Cm – Cf)]
-1           (8) 

 
where Sf is Eshelby's tensor where the reinforcement 
is the infinite media. 

Homogenization over all subregions is 
performed in a second step using the Voigt model: 

 
CVoigt = ∑α=1..n Cα Vα / V                    (9) 

 
where V and Vα are the volume of composite and the 
volume of each subregion, respectively, and Cα is 
the effective elastic tensor of a subregion calculated 
using one of the SC or Li models.  

 
 
 
 

3. Numerical homogenization 

Four steps were needed in order to compute the 
apparent properties of a single random 
microstructure: 1. random microstructure generation; 
2. volume meshing; 3. enforcement of boundary 
conditions and; 4. computation of the apparent 
properties. 

 

3.1 Microstructure generation 

Fibers were assumed to be cylinders of circular 
cross-section. A random fiber generator in a periodic 
cubic cell was developed with MATLAB. The 
generation algorithm was based on the modified 
RSA scheme proposed by [13]. The generated 
volumes were periodic, i.e., every fiber that crossed 
a surface of the cubic cell penetrated back from the 
opposite surface. The method consisted of 
sequentially adding fibers into a volume, while 
checking for contact interferences with all 
previously generated fibers, until the target volume 
fraction was reached. When verifying fiber 
interferences, a minimum distance of 2.5 times the 
radius was imposed between two fiber axes in order 
to adequately mesh the space between them. If a 
newly added fiber interfered with another fiber, the 
position of the new fiber was translated just enough 
to respect the inter-fiber distance limit [13]. If the 
translation resulted in interferences with other fibers, 
the new fiber was removed and repositioned 
randomly in the same volume. This operation was 
repeated until the new fiber location was free from 
interferences. Figure 3.a) shows a periodic volume 
generated with the developed MATLAB script 
containing 10 fibers of aspect ratio 20 at 5% volume 
fraction. 

 

3.2 Meshing 

The generated microstructures were transferred 
to ANSYS FE package for meshing. In order to 
apply periodic boundary conditions (PBC), 
homologous nodes on opposite surfaces had to 
match each other perfectly. The external surfaces of 
the cubic volume located at x=0, y=0 and z=0 were 
first meshed using triangular surface (2D) elements, 
and the meshing was copied to the homologous 
surfaces using the “MSHCOPY” command. 
Afterwards, the volumes of all fibers and matrix 
were meshed with 10 nodes tetrahedron elements. A 
mesh size convergence study was conducted and is 
not presented in this paper for brevity. Meshing the 
fibers with tetrahedron elements with a maximum 
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edge length equivalent to the fiber radius and that of 
the matrix with an edge length of 1/10 of the RVE 
cube's edge length were required. ANSYS 
Parametric Design Language (APDL) was used in 
scripts to automate the meshing process. Figure 3.b) 
shows a periodic volume meshed with 10 fibers 
having an aspect ratio of 20 and a volume fraction of 
5%. 

 

3.3 Periodic boundary conditions 

All FE models were transferred to 
ABAQUS/Standard FE package and solved under 
PBCs. In order to impose PBCs, each surface node 
displacement was coupled to its mirror node on the 
opposite surface according to: 

 
ux2- ux1= E (x2 – x1)                   (10) 

 
where uxi is the displacement vector of the node 
located at xi, x1 and x2 are two homologous nodes on 
opposite surfaces and E is the applied strain. 
Readers are referred to [13, 14] for a more detailed 
description on the PBCs application methodology. 
Once the PBCs were applied, the FE models were 
solved in ABAQUS Standard v. 6.10 using the 
iterative solver option, parallelising on 3 to 10 
XEON X7550 cores and using from 30 Gb to 600 
Gb RAM memory per model. 

 

4 RVE determination  

The RVE is defined herein following the work 
of [15] as an ensemble of random finite volumes 
(i.e., realizations) of the microstructure that yield, in 
average, the effective properties of the composite. 
The RVE is described using two parameters: the 
number of realizations and the volume size (i.e., the 
number of fibers included in the volume element of 
each realization). The determination of the RVE 
parameters was performed according to two RVE 
determination criteria, one for each parameter. 
Several RVE criteria have been tested in [13] and 
assessed with respect to their estimation of 
composite effective elastic properties. In [13], a new 
RVE definition was provided in which the 
confidence criterion was applied for determining the 
number of realizations, whereas an averaging 
variation criterion was applied to determine the 
number of fibers included in the volume, as 
described below. 

The confidence criterion is expressed by: 
 

CI %

Z
                           (11) 

 
where Z refers to the targeted property being either 
the bulk $k$ or shear $G$ modulus, ϵ is a fixed 
tolerance, CI95% and Z represent the 95% confidence 
interval and the arithmetic mean of the apparent 
moduli over the r realizations of the ensemble, 
respectively. 

The averaging criterion [13] consists of 
computing the average properties of the ensemble of 
realizations using the arithmetic and harmonic 
means: 

 

C=
1

r
∑ Ci

r
i=1                         (12) 

 

C=
1

r
∑ Ci

r
i=1                 (13) 

 
The corresponding elastic moduli denoted by Z 

and Z are computed from C  and C , respectively, 
using isotropy projectors. The estimation of the 
overall properties of the ensemble of realizations 
was considered as the average of both means: 

 

Z=
(Z+Z)

2
																												(14) 

 
The criterion states that the RVE is obtained 

when the difference between the ensemble overall 
properties and any of both means Z and Z is within 
the prescribed tolerance: 

 
Z-Z

Z

Z-Z

Z
																						(13) 

 

5 Results and discussion 

The elastic properties of ROFRCs have been 
evaluated for a wide range of fibers aspect ratios, 
volume fractions and contrast of properties. More 
than 2500 microstructures were generated, meshed 
and computed in order to determine RVEs and their 
corresponding accurate effective properties. 
Whenever the FE results are given, the 
corresponding RVE criteria tolerance ϵ is jointly 
specified. In this work, the contrast of properties 
indicates the ratio of the elastic moduli of the fibers 
with respect to that of the matrix. 

 

 

ICCM19 4487



 
MODELING ELASTIC PROPERTIES OF RANDOMLY ORIENTED FIBER COMPOSITES 

5.1 Aspect ratio study 

Figure 4 presents the effective elastic moduli of 
ROFRCs at 2\% volume fraction as a function of the 
fibers aspect ratio for a contrast of 300. All results 
have been normalized with respect to the matrix 
properties. The FE curves stop at the highest aspect 
ratio that was technically achievable with the 
modified RSA method and the available 
computational resources. The apparent scattering in 
the FE results is due to the non-zero RVE 
determination tolerance.  

Figure 4 shows that the one-step M-T and two-
step Li/Voigt analytical models provide the best bulk 
modulus predictions. However, for aspect ratios 
higher than 90, the few FE results presented in 
Figure 4 show very little changes in the bulk 
modulus when increasing the fibers aspect ratios. 
The analytical models do not have the same change 
in slope and, consequently, none of the models 
delivers accurate predictions for fibers aspect ratios 
over 100. The same conclusions were drawn for the 
shear modulus and for a volume fraction of 5%, but 
are not shown for brevity. 

The fibers aspect ratio at which stiffening 
saturation is observed (around 100) is of major 
importance to numerical modeling. A similar aspect 
ratio saturation limit (approximately 90) was shown 
in the study of Tucker III and Liang [8] for the axial 
Young modulus of aligned fiber composites at 20% 
volume fraction. The aspect ratio saturation limit 
provides a practical venue for an accurate 
reproduction of the effective properties of very high 
aspect ratio fiber composites via the modeling of the 
composite with the fibers at the aspect ratio 
saturation limit. The saturation aspect ratio can 
hence be accurately used for the modeling of 
composites with higher aspect ratios (e.g. carbon 
nanotubes with an aspect ratio of approximately 
1000), which are currently impossible to solve due 
to computational limits.  

 

5.2 Volume fraction study 

Figure 5 presents the effective elastic properties of 
ROFRCs for fibers of aspect ratio 10 as a function of 
the fibers volume fraction for a contrast of 300. For 
low volume fractions (up to 5%), all analytical 
models provide accurate estimates for the bulk shear 
modulus. For higher volume fractions, the model of 
Li/Voigt produces the most accurate bulk modulus 
predictions for all three aspect ratios and shear 
modulus predictions for aspect ratios of 10 and 20.  

The SC/Voigt model overestimates the effective 
bulk modulus of ROFRCs.  
 

5.3 Properties contrast study 

Figure 6 presents the effective elastic 
properties of 5% volume fraction ROFRCs for fibers 
aspect ratio of 20 as a function of the fibers/matrix 
contrast of elastic moduli. The models of M-T and 
Li/Voigt provide the most accurate estimates for the 
bulk modulus for all contrasts of properties under 
study. This observation can be extrapolated to higher 
contrasts ratios since the FE results, as well as the 
models of M-T, M-T/Voigt and Li/Voigt, have 
practically reached the properties contrast saturation 
limit. 
 

6 Conclusion 

The analytical models predictions of the elastic 
properties of ROFRCs were compared to accurate 
effective properties determined using FE numerical 
homogenization of the appropriate RVE. The 
comparisons were performed for a wide range of 
aspect ratios (up to 120), properties contrast (up to 
300) and volume fractions only up to 20%. 
The main conclusions are: 

- The analytical models of M-T and Li/Voigt 
provide accurate estimations of the bulk and 
shear moduli of low volume fraction (up to 
5%) ROFRCs and up to an aspect ratio of 
90, which was found to be the aspect ratio 
saturation limit. 

- For higher aspect ratios (over 90), tested 
analytical homogenization did not deliver 
accurate effective properties. The effective 
properties should be determined using 
numerical homogenization of the RVE using 
the aspect ratio saturation limit.  

- The model of Li/Voigt provides the best 
suited model for bulk modulus predictions 
for volume fractions over 5%. 

Therefore, it is concluded that if a single model 
was to be chosen for predicting the effective 
elastic properties of ROFRCs, the two-step 
method of Li/Voigt provides most accurate 
estimations over the largest range of 
microstructure parameters.  

Future studies should focus on improving 
the numerical homogenization process for 
ROFRCs to extend the range of computable 
microstructures in order to reach higher volumes 
fractions and aspect ratios. In parallel, efforts 
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should be employed to develop analytical 
models that are best suited for ROFRCs with 
very high aspect ratios and volume fractions of 
fibers. 
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Fig. 1 One step homogenization. 
 
 

                         
 
 

                         
Fig.2. Two-step homogenization methods. 
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Fig.3. Generated microstructure of a ROFRC 
containing 10 fibers of aspect ratio 20 at 5% volume 
fraction. a) Periodic geometric model and b) FE 
meshing. 
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Fig.4. Normalized bulk modulus of ROFRC at 2% 
volume fraction and contrast of properties of 300 as 
a function of the fibers aspect ratio. 
 
 

 

Fig.5. Normalized bulk modulus of ROFRCs with 
fibers of aspect ratio 10 as a function of the fibers 
volume fraction for a contrast of 300. 

 
 
 

 
Fig.6. Normalized bulk modulus of ROFRCs with 
fibers of aspect ratio 20 as a function of the 
properties contrast at a volume fraction of 5%. 
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Abstract  

A co-cured process called co-RFI, which combined 
resin film infusion (RFI) process and prepreg 
process was adopted to fabricate carbon fiber/epoxy 
composite laminates. The different process 
procedures, including stacks position of RFI part and 
prepreg part, temperature dwelling and epoxy 
tackifier were considered and the effects on the 
processing quality of co-cured laminates were 
investigated. Moreover, mode I (GIC) and mode II 
(GIIC) delamination fracture toughness were 
measured to compare the interlaminar property of 
co-RFI laminates with the property of laminates 
fabricated by sole prepreg and RFI preform, 
respectively. The results show that all studied 
laminates have uniform thickness and high fiber 
compaction degree. However, resin rich and void 
defects can be observed in co-RFI laminates by 
certain conditions. The initial GIC and GIIC values of 
co-RFI laminates locate between those of prepreg 
laminates and RFI laminates, indicating the 
interaction of prepreg part and RFI part. 
Furthermore, a temperature dwell procedure could 
obviously reduce the resin rich area, increasing the 
initial GIC and GIIC values of co-RFI laminates and 
RFI laminates. However, utilization of epoxy 
tackifier may cause the larger resin rich area for co-
RFI laminates. The mechanism of results above is 
discussed from resin flow and permeation of fiber 
bed.      
 

1. Introduction 

Advanced composites have been widely used in 
aeronautics and astronautics for many years for the 
excellent service performances. Traditionally, the 
prepreg autoclave technique is widely adopted for 
the accuracy of part dimension and good process 
quality of composite structure. However, the main 
barrier to the widespread use of this process is the 

high manufacture cost, such as the preparation and 
storage of prepreg and labor extensive hand layup 
procedure. Liquid composite molding (LCM) 
processes, such as resin transfer molding (RTM) and 
resin film infusion (RFI) process etc., are developed 
to realize the quick and mass production with low 
fabrication cost. So considering the two aspects of 
part quality and low manufacture cost for composite 
components, combining prepreg process with liquid 
composite molding process is an important direction 
for many researchers [1-6]. In these researches, the 
concept of hybrid process which combined the 
characters of prepreg and liquid resin infusion 
process was proposed. Composite structures with 
good performances and low fabrication cost have 
been manufactured with this hybrid process. 
Moreover, the diffusion and compatibility of RTM, 
VaRI resin with prepreg resin and mechanical 
performance were investigated in details.  
A kind of hybrid process, called co-RFI, combining 
the prepreg autoclave process and RFI process is 
presented in this study. The utilization of RFI 
process in hybrid process exhibits advantages 
compared with RTM or VARI process [7]: (a) The 
resin adopted for RFI process has the similar 
properties with prepreg resin, even some resin could 
apply for both RFI process and prepreg process, 
which is favorable of the diffusion and chemical 
compatibility between the co-cured interlaminar 
interface; (b) The high fiber content of composite 
components fabricated by RFI process is close to 
that of parts by prepreg process, providing the good 
matching of performance. (c) Changing the long 
distance resin flow to short thickness direction 
infusion in the preform reduces the possibility of 
void and dry spot formation.  
A commercial carbon/epoxy resin prepreg and resin 
film which was the same as prepreg matrix were 
used to manufacture co-RFI, RFI and prepreg 
laminates, respectively. The laminate quality and 
mechanical properties such as GIC and GIIC tests 
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were conducted to evaluate the difference among 
three kinds of laminates. Furthermore, the influences 
of different stacks positions of prepreg part and RFI 
part, temperature dwelling and epoxy tackifier on 
the quality and mechanical performances were 
investigated.  The research results show that co-RFI 
technique exhibits good process feasibility and 
laminate quality with low manufacture cost. 
 

2. Experiment 

2.1 Materials 

In this experiment, the epoxy resin film with areal 
density of 200g/m2 was provided by Advanced 
Composites Group Co., Ltd. (ACG) which was the 
same as matrix resin of MTM44-1 prepreg (supplied 
by ACG). T700SC carbon fiber unidirectional fabric 
(CFW-200. supplied by Jiangsu Tianniao High 
Technology Co. Ltd.) and MTM44-1 unidirectional 
epoxy prepreg with areal density of 134g/m2 were 
adopted for RFI and prepreg process, respectively.  
Moreover, an epoxy tackifier used to ensure the 
dimension and shape of fabric was produced by 
Beijing Institute of Aeronautical Materials (BIAM). 

2.2 Laminates manufacture 

In order to evaluate the quality and mechanical 
properties of co-RFI laminates with sole RFI and 
prepreg laminates. Laminates were manufactured by 
autoclave prepreg process, RFI process and co-RFI 
process, respectively.   

2.2.1 Prepreg autoclave process 
Unidirectional carbon /epoxy prepreg was cut into 
300mm×200mm size and 32 layers were located on 
the steel plate according to 0o direction. A Teflon 
film was placed in the mid-plane of prepreg stacks 
as a creating crack for GIC and GIIC tests. The cure 
cycle of prepreg laminates was as follows: The 
autoclave raised temperature from ambient to 180oC 
at 2 oC/min and held at 180 oC for two hours. 
0.4MPa external pressure and -0.1MPa vacuum were 
applied through the cure cycle.  

2.2.2 RFI process 
For 4mm-thickness laminates with 60% fiber 
volume fraction, 20 layers of unidirectional carbon 
fiber fabric and 9 layers of resin film could be used 
[8]. Bagging arrangement for RFI process was 
presented in Fig. 1.  Resin film and fiber fabric were 
placed on the steel plate successively. A Teflon 
sheet was laid between the 10th and 11th layers as a 
pre-crack. The whole stacks were covered with 

release film and breather, surrounded by dam, and 
finally sealed in vacuum bag.  
 

 
1-Steel plate  2-Breather  3- Release ply  4-Dam  5- Resin 
film  6- Teflon film  7- Fiber perform  8- Release film  9- 

Vacuum valve  10- Sealant tap 11- Vacuum bag 
Fig. 1 Schematic of the bagging procedure in RFI process 

 

2.2.3 Co-RFI process 
The 4mm-thickness co-RFI laminate was fabricated 
by RFI part (including 10 layers of fabric and 5 
layers of resin film) and prepreg part (containing 16 
layers of MTM44-1 prepreg layers). The position 
effect of RFI and prepreg stacks was considered as 
shown in Fig. 2.  The RFI stacks was located under 
the prepreg stacks, called prepreg/RFI stacks as 
illustrated in Fig. 2(a). Exchanging the positions of 
prepreg stacks and RFI stacks was named as 
RFI/prepreg stacks in Fig. 2(b). The bagging 
arrangement was the same as RFI process.  
 

 
1-Teflon film 2-Resin film 3-Fiber fabric 4-Prepreg stacks 

Fig.  2. Schematic of two kinds of stacks positions: (a) 
prepreg/RFI stacks (b) RFI/prepreg stacks. 

 

2.3 Laminate process procedures 
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Three kinds of process procedures were designed to 
discuss the influences of process procedures on RFI 
and co-RFI process as follows：  
(A) Heat from room temperature (about 25 oC) at the 
rate of 2 oC/min to 180 oC, maintained at 180 oC for 2 
hours, cooled down at 2 oC/min to 65 oC as the 
manufacturer recommended. 
(B) Heat from room temperature (about 25 oC) at the 
rate of 2 oC/min to 130 oC, maintained at 130 oC for 
30min and then increased to 180 oC at 2 oC/min, 
followed by a 2 hours stage at 180 oC, finally cooled 
down as mentioned in process A. 
(C) The 8% weight percent tackifier was grinded 
into small powdery particles and uniformly 
dispersed on fiber fabric. Then perform was treated 
at 80 oC for 5min in co-RFI process. The same 
temperature cycle was applied as described in 
process B.   
The 0.4MPa external pressure and -0.1MPa vacuum 
were applied through the cure cycle for three process 
procedures above. 

2.4 Test 

2.4.1 Mode I interlaminar fracture toughness 
Mode I interlaminar fracture toughness test (GIC) 
was carried out by double cantilever beam (DBC) 
mode according to ASTM D5528. The profile of 
load and crack length was plotted and GIC was 
calculated by the following equation: 

)(2

3

Δ+
=

ab

P
GIC

δ  
(1)

Where P is the load (N), δ is the displacement (mm), 
b is the specimen width (mm), a is the delamination 
length (mm), Δ is the horizontal axis intercept from 
a-C1/3 curve. The compliance, C, is the ratio of the 
load point displacement to the applied load, δ/P. 
The critical GIC value was obtained as the average of 
the GIC values of the 50mm delamination length 
while the propagation value of GI was calculated 
from the stable crack values at the delamination 
length about 70-90mm for each specimen group. 

2.4.2 Mode II interlaminar fracture toughness 
End-notch flexure test for GIIC was conducted by HB 
7403-96. The GIIC value was obtained on the basis of 
following equation: 

3
33

2

10
)32(2

9
×

+
=

aLb

aP
GIIC

δ  (2)

Where P is the load (N), δ is the displacement 
according to load (mm), a is the effective 

delamination length (mm), b is the specimen width 
(mm), L is the half-span length (mm) 
The peak load at first time and load at deviation 
point in the second reloading curves were used to 
calculate for initial and propagation GIIC values, 
respectively. 

2.4.3 Other property tests 
Average thickness was measured at five positions 
for each group of laminates as shown in Fig. 3. The 
fiber volume fraction of different laminates was 
obtained according to the fiber fabric areal density 
and average thickness of laminates [8]. 
 

 
Fig. 3. Regions of cured laminates for thickness 

measurement 
 
The cured laminates were cut into small pieces and 
the cross sections of samples were wet ground with 
successively finer silicon carbide paper and wet 
polished with chromium oxide. The polished 
sections were observed by Olympus BX51M optical 
microscope to investigate the defects formed during 
different processes. 
The crack surfaces of specimens after GIC test were 
observed by Applo 300 Field Emission SEM for 
analyzing the interfacial adhesion between fiber and 
resin. 
 

3. Results and discussion 

3.1 Process quality of different laminates 

The defects, such as voids, resin rich and 
delamination etc., have significant influence on the 
performances of composite components [9, 10]. The 
process quality of laminates fabricated by process A, 
B and C was evaluated through thickness and fiber 
volume fraction. The thickness of different laminates 
was shown in Table 1. There is slightly difference of 
thickness by process A and process B. But the 
thickness of laminates for process C is larger than 

3  

ICCM19 4495



that of laminates by process A due to the application 
of epoxy tackifier. Compared with prepreg and RFI 
laminates, the co-RFI laminates exhibit a little 
higher thickness. In general, all the laminates have 
uniformly thickness without obvious difference. 
 

Table 1. Thickness of different laminates 

 Thickness/mm 
 Process A Process B Process C

RFI laminate 3.97±0.02 3.91±0.04 4.08±0.03

RFI/Prepreg 
laminate 

4.04±0.02 4.02±0.05 4.15±0.04

Prepreg/RFI 
laminate 

4.11±0.02 4.09±0.03 4.17±0.04

Prepreg laminate 3.99±0.02 --- --- 

 
Table 2 illustrates the fiber volume fraction of 
different laminates. From the aspect of different 
process procedures, laminates by process B present 
the highest fiber volume fraction values, follows by 
laminates by process A. Minimum fiber content 
belongs to laminates by process C in each process 
group, attributing to the utilization of tackifier. From 
the process aspect, co-RFI laminates show mediate 
fiber volume fraction among prepreg, RFI and co-
RFI laminates. 
 

Table 2. Fiber volume fraction of different laminates 

 Fiber volume fraction /% 
 Process A Process B Process C 

RFI laminate 59.1±0.2 60.1±0.3 57.5±0.2 

RFI/Prepreg 
laminate 

58.7±0.1 59.0±0.4 57.1±0.3 

Prepreg/RFI 
laminate 

57.7±0.3 58.0 56.9 

Prepreg 
laminate 

60.1±0.2 --- --- 

 
The micrographs of RFI laminates fabricated by 
process A, B, C and prepreg laminates by process A 
are shown in Fig. 4. Compared with the high and 
uniform fiber compaction of prepreg laminates, resin 
rich area and small void defect exist in RFI 
laminates by process A and B. It is due to the large 
fiber tows and stitched line along width direction of 
RFI preform and slightly high viscosity of resin film 
during resin infusion. A 30minites temperature 
dwelling in process B gives more opportunity for 
sufficient resin flow and fabric impregnation, 
resulting in the decrease of resin rich region in 
laminates by process B as presented in Fig. 4. 

 
Fig. 4. Micrographs of RFI laminates cured by (a) process 
A (b) process B (c) process C and prepreg laminate by (d) 

process A 
 

 
Fig. 5. Micrographs of RFI/prepreg laminates cured by (a) 

process A (b) process B (c) process C and prepreg /RFI 
laminates by (d) process A (e) process B  

(f) process C 
 
The investigation of process quality focused on 
RFI/prepreg and prepreg/RFI laminates is presented 
in Fig. 5. Compared with RFI/prepreg laminates, 
larger resin rich region occurs in RFI part and the 
co-cured interlaminar interface for the prepreg/RFI 
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laminates fabricated by process A and process B. 
Furthermore, void defects could be found in 
prepreg/RFI laminates which indicates the negative 
effects of prepreg/RFI stacks on resin flow and gas 
elimination. 
Considering all the laminates fabricated by process 
C, there is similar process quality except larger resin 
redundant area compared with laminates by process 
A and process B. The low viscosity (about 5 Pa·s) 
from 130 to 230 oC of tackifier and modest 
compatibility between tackifier and RFI resin ensure 
the good flow and sufficient impregnation of fabric. 
However, utilization of tackifier also increases the 
risk of resin rich phenomenon at the same time. 
 

3.2 Characterization of co-cured interface 

Co-cured interface is special and crucial contact 
region for co-RFI technique. GIC and GIIC tests are 
used to evaluate the properties of co-RFI laminates 
chosen from RFI/prepreg laminates by process A.  
 

 
Fig. 6. The critical GIC values of different laminates by 

process A 
 
The critical GIC values of different laminates 
fabricated by process A are presented in Fig. 6. The 
prepreg laminates gives maximum value about 
222J·m-2, follows by the similar values of 192 J·m-2 
and 190 J·m-2 for RFI/prepreg and prepreg/RFI 
laminates, respectively. The smallest critical GIC 
value belongs to RFI laminates. The maximum 
critical GIC values results from the high fiber 
compaction degree laminates with little defects such 
as resin rich and void. For RFI laminates, the 
existing resin rich and void defects are unfavorable 
to the performance of interlaminar interface, leading 
to a smallest critical GIC value. The mediate values 
for co-RFI laminates demonstrate the mutual 
influence of RFI part and prepreg part.  

Mode I delamination resistance curves (R-curve) of 
laminates above are shown in Fig. 7.  There are two 
different crack propagation patterns in Fig. 7, as 
follows: (a) The crack for prepreg laminates always 
runs along the mid-plane with a stable and 
continuous pattern, which presents a smooth and flat 
R-curve. (b) For the other three kinds of laminates, 
the crack occurs in the mid-plane in the beginning, 
but as the crack continues, the propagation direction 
may deviate from center line, go to neighbor layer 
and even multiple crack tips extend simultaneously. 
The deflection of crack and fiber bridge effect lead 
larger fracture area and high driving force, resulting 
in higher propagation GIC values compared with that 
of prepreg laminates [11-13].  
 

 
Fig. 7. Mode I delamination resistance curves (R-curves) 

of laminates by process A 
 
The graphs of SEM fracture morphology at 
delamination region for GIC specimens are shown in 
Fig. 8. The fibers are regular and orderly 
arrangement with little resin on the surface for 
prepreg laminates. In contrast, much resin is adhered 
to the fibers and the some fibers are pulled out, 
indicating the strong effect of fiber bridge effects 
during crack propagation for the other three kinds 
laminates. The different stacks positions for co-RFI 
laminates have the similar fracture surface from 
SEM graphs. However, rougher fiber surface with 
resin adhesion compared with fracture morphology 
for sole prepreg laminates. Moreover, the groove left 
by fibers and the rough resin fracture section could 
be clearly observed at surface for RFI part of co-RFI 
laminates. The huge difference of fracture 
morphology of RFI and prepreg laminates indicates 
the influence of different kinds of carbon fiber 
reinforcement in RFI part and prepreg part, 
respectively. 

5  
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Fig. 8. Fracture morphology at delamination area of GIC 

specimens by process A (a) prepreg laminate (b) RFI 
laminate (c) prepreg layer of RFI/prepreg laminate (d) 
RFI layer of RFI/prepreg laminate (e) prepreg layer of 

prepreg/RFI laminate (f) RFI layer of prepreg/RFI 
laminate 

 

 
Fig. 9. The initial GIIC values of different laminates 

fabricated by process A 
 
From Fig. 9, prepreg laminates and RFI laminates 
occupy the highest and smallest initial GIIC value, 
about 2763 J·m-2 and 548 J·m-2, respectively. The 
initial GIIC values for co-RFI laminates locate 
between those of prepreg laminates and RFI 
laminates, which are 1415 J·m-2 and 1155 J·m-2 for 
RFI/prepreg and prepreg/RFI laminates, respectively.  
In contrast to prepreg laminates, the poor 

compaction and resin rich area existing in RFI 
laminates result in low values, while the mediate 
values for co-RFI laminates are dependent on both 
RFI part and prepreg part. 
 

3.3 Influence of process procedures on the 
interlaminar performances 

The process procedures such as cure cycle and 
bagging arrangement have important influence on 
defects forming and performances of composite 
components. As to co-RFI process, it is necessary to 
investigate the effects of the temperature dwelling 
and utilization of tackifier on the co-RFI laminates. 
The process quality of co-RFI laminates has been 
discussed in section 3.1. The results of GIC and GIIC 
tests for co-RFI laminates by process A, B and C are 
illustrated in this section. 

3.3.1 Effects of temperature dwelling 
The critical GIC values for laminates by process A 
and B are shown in Fig. 10. The critical GIC values 
of co-RFI and RFI laminates by process B are higher 
than values of laminates by process A for each group. 
The fracture surface morphology of laminates for 
process B is observed by SEM as listed in Fig. 11. 
Compared with the surface morphology of laminates 
by process A, more resin is adhered with fibers and 
river-like crack texture appears in resin damage 
region, indicating in strong fiber-resin interfacial 
performance and better mechanical property of co-
cured interface. 
 

 
Fig. 10. The critical GIC values of laminates by process A 

and process B 
 
The GIIC results for laminates by process B are 
summarized in Fig. 12. Temperature dwelling in 
cured cycle obviously improves the initial GIIC 
values of the RFI and prepreg/RFI laminates, but 
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have no significant increase for RFI/prepreg 
laminates.   
In general, the 130 oC temperature dwelling offers 
enough time for sufficient resin flow, fiber 
impregnation and gas elimination.  
 

 
Fig. 11. Fracture morphology at delamination area of GIC 

specimens by process B (a) prepreg layer of  co-RFI 
laminate (b) RFI layer of co-RFI laminate (c) RFI 

laminate 
 

 
Fig. 12. The initial GIIC values of laminates by process A 

and process B 
 

3.3.2 Effects of tackifier 
Tackifier plays an important role on keeping the 
dimension and shape of fiber perform. The 
properties of tackifier during cure cycle and the resin 
compatibility between tackifier and RFI resin may 
influence the process quality and final performance 
of composite components [14-18]. The effect of 
tackifier on co-RFI laminates is discussed through 
laminates by process B and C.  
The critical GIC values and the corresponding 
propagation fracture surface morphology of GIC 

specimens by process B and process C are presented 
in Fig. 13 and Fig. 14, respectively. The results show 
that tackifier increase the critical GIC values for RFI 
laminates and have negligible influence on 
prepreg/RFI laminates. However, RFI/prepreg 
laminates suffer an 18.6% decrease on critical GIC 
values. Two main factors are considered to explain 
the results: (a) The tackifier used in this research is a 
kind of tough epoxy resin with suitable viscosity 
during resin flow and diffusion in cure cycle. The 
toughness effect shows improvement in GIC values.  
(b) The utilization of tackifier increases the 
possibility of forming resin rich region in co-cured 
interface, which present negative effect on critical 
GIC values. Therefore the critical GIC values exhibit 
different tendency for the mutual influences of two 
factors above.  
 

 
Fig. 13. The critical GIC values of laminates by process B 

and process C 
 

 
Fig. 14. Fracture morphology at delamination area of 
laminates by process C (a) prepreg layer of co-RFI 
laminate (b) RFI layer of co-RFI laminate (c) RFI 

laminate 
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As shown in Fig. 11 and Fig. 14, there is little 
difference for fiber-resin adhesion between 
laminates fabricated by process B and C. Tackifier 
has negligible influence on the resin diffusion in 
fiber fabric as certified from fracture propagation 
morphology.   
The initial GIIC values for different laminates by 
process B and C are listed in Fig. 15. For the 
laminates fabricated with tackifier, the initial GIIC 
values of RFI and RFI/prepreg laminates increase, 
while values of prepreg/RFI laminates suffer 
decrease, which are ascribed to resin redundant 
caused by tackifier as well as the hindered effect of 
top prepreg stacks on resin flow in preform.  
 

 
Fig. 15. The initial GIIC values of laminates by process B 

and process C 

 

4. Conclusion 

A new hybrid process which combined prepreg 
autoclave process and RFI process was introduced in 
this article. The optical micrographs of different 
laminates present that resin rich region and void 
defects appear in RFI part and the co-cured interface 
of co-RFI laminates, especially for prepreg/RFI 
laminates. The results of GIC and GIIC tests show 
mediate critical GIC values and initial GIIC values for 
co-RFI laminates compared with those of prepreg 
laminates and RFI laminates. The propagation GIC 
values for RFI and co-RFI laminates are similar but 
give higher values than those of prepreg laminates 
due to involvement of fiber bridge and deflection of 
delamination. Furthermore, the process procedures 
play significant influences on the quality and 
performance of laminates. Firstly, for different 
stacks positions, the RFI/prepreg position is favor of 
gas elimination, resin flow and fiber impregnation, 
resulting in better laminate quality with low void 
content and resin rich area. Secondly, Positive 

effects of temperature dwelling could be found from 
the improvement of critical GIC and initial GIIC values. 
Thirdly, utilization of tackifier in co-RFI process 
could increase the possibility of resin redundant and 
reduce the performances of co-cured interface in co-
RFI laminates. In summary, it is proved that 
selecting suitable procedures and accurately 
controlling process parameters in cure cycle, co-RFI 
technique is a feasible process for composite 
manufacture with low fabricated cost in future. 
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1  Introduction  

The reinforcement of aluminum alloys with ceramic 
fibers has been proposed to improve the strength, 
rigidity, heat resistance and wear resistance of the 
alloys. However, there is a concern about a decrease 
in the machinability of the aluminum alloys by 
reinforcing with ceramics, because ceramics are 
generally difficult to machine. To develop a 
machinable aluminum alloy composite having a low 
thermal expansion rate, we focused on potassium 
titanate as the reinforcement because it has a low 
thermal expansion and hardness. Although a few 
investigations have been conducted on the aluminum 
alloy composites reinforced with potassium titanate 
whiskers [1-5], the whiskers are considered harmful 
to the respiratory organs [6]. The short potassium 
titanate fiber, having a greater diameter and length 
than the whisker, was developed to reduce this 
concern [7]. Based on these findings, we fabricated 
aluminum alloy composites reinforced with short 
potassium titanate fibers by squeeze casting, and 
clarified that the thermal expansion coefficient of the 
composite was lower than that of the unreinforced 
aluminum alloy [8]. In the present study, short 
potassium titanate fiber reinforced aluminum alloy 
composites were fabricated, and the effects of the 
fiber in the composite on the machinability were 
clarified. 
 

2 Experimental Procedure 

The JIS (Japanese Industrial Standards) -AC8A 
aluminum alloy (Al-12Si-1Mg-1Cu-1Ni) was used 
as the matrix metal. Two kinds of short potassium 
titanate fibers (TXAX, Kubota Co.), which have a 
different size and hardness, were used as the 
reinforcements (denoted as fibers A and B).  

 
Potassium titanate whiskers and aluminum borate 
whiskers were also used to compare the 
machinability of the composites with the composites 
reinforced with fibers A and B. The composition and 
properties of the reinforcements [5, 7] are shown in 
Table 1. The Vickers hardness of the fibers is 250-
300HV, which is considerably lower than that of the 
aluminum borate whisker and alumina (1500-2000 
HV [9]). Fig. 1 shows SEM micrographs of the 
reinforcements. 
 
The preforms were fabricated as follows. The 
reinforcements were dispersed using careful 
agitation in an aqueous medium containing 
polyvinyl alcohol (PVA) as the organic binder and 
Al2O3 sol as the inorganic binder. Dewatering was 
conducted by press forming, followed by drying at 
373 K for 3 hours to drive off any residual free water 
and to obtain the strength due to the PVA. After 
drying, the preform was sintered at 1173 K for 1 
hour to burn off the PVA and generate the strength 
due to the presence of the Al2O3 binder. The preform 
had a 50 mm diameter and 20 mm thickness. The 
preforms contained 25 and 45 vol% of the 
reinforcement, respectively. Fig. 2 shows the 
appearance and SEM micrograph of a preform (short 
potassium titanate fiber A, Vf =25 vol%). In the 
preform, the reinforcements were oriented in a 
random configuration.  
 
The composite was fabricated by squeeze casting. 
As schematically shown in Fig. 3, the preform was 
horizontally placed in the permanent mold, and the 
aluminum alloy melt (1073 K) was poured into the 
mold (673 K). Pressure (40 MPa) was quickly 
applied and maintained until the solidification was 
complete. Fig. 4 shows the macrostructure of a 
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vertical section of a composite which is just after 
removal from the mold. This macrostructure 
indicates that the melt infiltration is perfectly 
accomplished with no observable defects. The height 
of the composite was approximately 20 mm, which 
is almost equal to that of the preform before the 
infiltration. This indicates that the infiltration was 
successful without any preform contraction or 
deformation. 
 
The test piece with a 40 mm diameter was machined 
from the composite, clamped in a lathe, and then the 
machinability was examined by cutting the outside 
surface of the test piece with a cemented carbide 
cutting tool. The cutting conditions are shown in 
Table 2. The cutting resistances (cutting force) were 
measured by an elastic disc-type tool dynamometer, 
and roughness of the machined surface was 
measured by a surface profiler. The machined 
surface, cross section and chip forms of the 
specimens were observed. The width of the flank 
wear of the tool was measured by observing the 
flank of the tools after cutting the composite with a 
numerically-controlled lathe. Taking the practical 
finishing cut into consideration, the tool wear was 
measured for the cutting depth of 0.1 mm.  
 
3 Results and Discussion 

3.1 Microstructure and hardness of composites 

Fig. 5 shows the optical micrographs of the parallel 
section of the composites. The reinforcements were 
observed as the dark phases in the micrographs. No 
agglomeration of the reinforcements or porosity is 
observed in the composite, indicating that the melt 
infiltration into the preform was perfectly 
accomplished. The reinforcements were in a random 
arrangement.  
 
Table 3 shows the density of the composites, 
demonstrating that the density of the reinforcements 
directly affects that of the composites. Table 4 
shows the Vickers hardness of the composites. It 
shows that the hardness increased as the fiber 
volume fraction (hereinafter Vf) increased. The 
hardness of composite BW was the highest due to 
the highest hardness of the reinforcement.  
 

3.2 Machinability of composites 

Fig. 6 shows the variation in the cutting force Fc 
during the cutting of the unreinforced AC8A alloy 
and composites. The width of the serrations 
(variation in Fc) at the feed rate f of 0.2 mm/rev was 
greater than that of 0.1 mm/rev for every specimen. 
The occasional significant change in the width can 
be seen during cutting the AC8A alloy (Fig. 6(a)), 
while the widths of the composites are relatively 
stable (Fig. 6(b)-(e)). This figure also indicates that 
the average Fc of the composite is lower than that of 
the AC8A alloy.  
 
Fig. 7 shows the effect of Vf, the feed rate f, and the 
cutting speed v on the cutting force Fc of the AC8A  
alloy and composites. As shown in Fig. 6, the 
variation in Fc can be seen. Therefore, hereafter, we 
used the average values of the width in the vicinity 
of 2.0 m of the cutting distance as the Fc values. At 
every cutting speed and feed rate, the Fc values of 
the composites were lower than that of AC8A alloy 
(Vf = 0 vol%); reinforcement with the fiber or 
whisker decreased the Fc. Furthermore, the Fc values 
of composites A and B were lower than those of 
whisker-reinforced composites (composites TW and 
BW). It is considered that the reinforcement in the 
composite has opposite roles; the role to facilitate 
the shear deformation by generating a high stress 
concentration as an inclusion and the role as an 
inclusion to inhibit the shear deformation [10, 11]. 
The decrease in Fc by the reinforcement is probably 
due to the former role; the existence of the fibers or 
whiskers facilitates the shear deformation of the 
chips during the cutting. It should be noted, however, 
that the Fc of the composites with a 45 vol% 
reinforcement is similar to that of the composites 
with a 25 vol% reinforcement. This is probably due 
to the offset of the former and the latter roles. At 
every cutting speed, the Fc increased as f increased. 
This is due to the increase in the cutting area by 
increasing the feed rate. The Fc of every specimen 
little changed even if v increased. 
 
Fig. 8 shows the effect of Vf and feed rate f on the 
surface roughness (maximum height) Rz of the 
AC8A alloy and composites (v = 50 m/min). For 
every cutting condition, the Rz values of the 
composites were significantly lower than those of 
the AC8A alloy. The Rz values of the fiber-
reinforced composites (composites A and B) were 
slightly higher than those of the whisker-reinforced 
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composites (composites TW and BW). A 
comparison between Figs. 8(a) and (b) shows that Rz 
increased as f increased for every specimen.  The 
theoretical roughness can be geometrically obtained 
from the nose radius of the cutting tool and feed rate 
[12]. It can be written as 
 
 

Rth =                  (1) 
 
 

where Rth is the theoretical roughness and r is the 
nose radius. The values of Rth calculated using eq.(1) 
are shown in Fig. 8 with the experimental values. It 
shows that the Rz values approached the Rth values 
due to the reinforcement under every cutting 
condition.  

 
Fig. 9 shows SEM micrographs of the machined 
surfaces of the AC8A alloy and composites with 45 
vol% reinforcements (v = 50 m/min, f＝0.2 mm/rev). 
On the machined surfaces of the AC8A alloy (Fig. 
9(a)), plastic flow is pronounced. In contrast, the 
machined surfaces of the composites (Fig. 9(b)-(d)) 
are smoother than that of the AC8A alloy. An 
enlarged view of the machined surface of composite 
A is shown in Fig. 10. The surface is smooth, 
indicating that the fibers facilitated the shear 
deformation during the cutting.  
 
The cutting force and the surface roughness have a 
relationship with the formation of the built-up-edge 
[12]. Therefore, we investigated the formation of the 
built-up-edge when the AC8A alloy and composites 
were machined. Fig. 11 shows the scanning electron 
images and cross-sectional optical micrographs of 
the AC8A alloy and composites in the vicinity of the 
cutting part where they had contacted the tool edge. 
These photos were taken after the machining was 
quickly stopped and the tool was removed. For the 
AC8A alloy, the built-up-edge was obviously 
observed (Arrows in Fig. 11((a) and (d)). The 
Vickers hardness of the built-up-edge was 
approximately 140 HV, while that of the chip area 
was approximately 105 HV and that of the 
unmachined area was 90 HV. In addition, the 
machined surface and the chip surface in contact 
with the built-up-edge were rough and seemed to be 
plucked by the machining. In contrast, the built-up-
edge in composite B was slight (Fig. 11(b) and (e)) 

and that in the composite BW was negligible (Fig. 
11(c) and (f)). The machined surface and the chip 
surface in contact with the tool were smoother than 
that of the AC8A alloy, and serrated chips were 
formed.  
 
Fig. 12 shows the chip forms of the AC8A alloy and 
composites (v =100 m/min, f = 0.1 mm/rev). 
Continuous chips were formed after cutting the 
AC8A alloy (Fig. 12(d)), while serrated chips were 
formed after cutting the composites. In addition, the 
chips were shorter when Vf was high.  
 
The tendencies observed in Figs. 8-12 were also 
observed at every cutting speed and feed rate.  
 
Generally, the formation of the built-up-edge 
decreases the cutting force and the tool wear, while 
it increases the variation in the cutting force and the 
surface roughness [12]. Some findings obtained in 
the present study are consistent with these general 
findings; the build-up-edge, the variation in cutting 
force and the surface roughness of the AC8A alloy 
were greater than those of the composites. As shown 
in Fig. 8, the surface roughness values of the AC8A 
were significantly higher than Rth because the 
formation of the built-up edge and the accretions 
formed on the rake face of the tool roughened the 
machined surface. The decrease in Rz by the 
reinforcement shown in the present study is probably 
due to the fact that the fibers or whiskers suppressed 
the formation of the built-up edge and the accretions 
on the rake face.  
 
However, for the cutting force, the data in the 
present study conflict with the general findings; the 
cutting force of the composites was lower than that 
of AC8A alloy in the present study. As stated in Fig. 
7, it is reported that dispersing the hard phases in the 
aluminum alloy facilitates the shear deformation of 
the alloy due to the stress concentration in the hard 
phase during the cutting [10, 11]. The results that 
obtained in the present study can be expressed by the 
same mechanism; the fibers in the composite 
facilitate the shear deformation and division of the 
chips because the fibers are easily sheared by the 
cutting. 
 
Fig. 13 shows the appearance of the front edge of the 
tools after cutting the AC8A alloy and composites. 
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The flank wear of the tool after cutting the AC8A 
alloy for 300 minutes could not be observed, and the 
tool edge was covered with the accretion (Fig. 13(a)). 
From Figs. 11(a) and (d), it can be stated that this 
accretion is the built-up-edge. In contrast, the flank 
wear was observed after cutting the composite. The 
accretion of the composites on the tool seems to be 
less than that of the AC8A alloy (Fig. 13(b) and (c)).   
 
Fig. 14 shows the effect of the cutting time t on the 
width of the flank wear (VB) after cutting the AC8A 
alloy and composite B (Vf = 25 vol%,  f= 
0.1mm/rev). VB increases as v increases because the 
cutting distance increases along with v. Even if after 
cutting for 300 minutes at 150 m/min, however, VB 
was approximately 0.12 mm; this is lower than 0.2 
mm, which is the tool life value for the finishing cut 
of nonferrous metals established in JIS. This result 
suggests that the composite can be machined for a 
long time without changing the tool. From the 
viewpoint of industrial applications, replacement of 
the carbide tool by the PCD tool would reduce the 
tool wear. The VB was zero even if after cutting the 
AC8A alloy for 300 minutes. As shown in Figs. 
11(a), (d) and Fig. 13(a), the formation of the built-
up edge decreases the tool wear. Moreover, the 
hardness of the AC8A is lower than those of the 
composites. We believe that these results lead to the 
inhibition of the tool wear.  
 

4 Conclusions 

1. Reinforcement with fibers or whiskers decreased 
the cutting force of the AC8A aluminum alloy. 
The cutting force of the short potassium titanate 
fiber-reinforced composite was lower than those of 
the whisker-reinforced composites.   

2. The machined surfaces of the composites were 
smoother than that of the AC8A alloy. The 
machined surface and chip forms indicated that the 
fibers in the composite facilitated the shear 
deformation of the chips because the fibers were 
easily sheared by the cutting.  

3. The fiber-reinforced composite can be 
consecutively machined for more than 300 minutes 
at 150 m/min without changing the carbide tool. 
Although the built-up-edge was formed in the 
machined AC8A alloy, it was only slightly formed 
or negligible in the machined composites. 
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Table 1  Properties of reinforcements [5,7]. 

 
 

 
 
 

 
 
 
 

 

 

 

 

 

 

Fig. 1  SEM micrographs of reinforcements. 

 
Fig. 3 Schematic illustration of squeeze casting. 

 
Fig. 2 Appearance and SEM micrograph of a preform 
(short potassium titanate fiber A, Vf =25vol%). 

 
Fig. 4   Macrostructure of a vertical section of a specimen 
fabricated by squeeze casting. 
 

Table 2  Cutting conditions. 

 Short potassium 
titanate fiber A 

Short potassium 
titanate fiber B 

Potassium titanate 
whisker (TW) 

Aluminum borate
Whisker (BW) 

Composition K2Ti6O13 K2Ti8O17 9Al2O3･2B2O3 

Melting point [K] 1583 1573 1693 

Density [ Mg/m3] 3.5 3.3 2.9 

Average length [μm] 65 45 15 20 

Average diameter[μm] 13 10 0.5 1.0 

Hardness[HV] 250 300 350 1000 

Cutting tool Carbide (H1) 

Rake angle 5° 

End cutting edge angle 15° 

Nose radius (mm) 0.8 

Cutting speed (m/min) 50,  100,  150 

Cutting depth (mm) 0.1,     1.0 

Feed rate (mm/rev) 0.10,   0.20 

Cutting fluid None 

  

Short potassium titanate fiber A 

Potassium titanate whisker (TW) Aluminum borate whisker (BW)

Short potassium titanate fiber B
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Fig. 5  Microstructure in parallel section of composites. Vf  represents the fiber volume fraction in composite. 

Table 3  Density of composites [Mg/m3]. 

           Composite 
Vf (vol%) 

A B TW BW 

25 2.88  2.89  2.84  - 
45 3.05  3.05  2.97  2.79  

Density of AC8A alloy is 2.69 Mg/m3. Composite BW with 25 vol% whisker was not fabricated. 

Table 4  Hardness of composites [HV]. 

Composite 
Vf (vol%) 

A B TW BW 

25 123 147 170 - 
45 191 192 208 292 

Hardness of AC8A alloy is 90 HV.  

 
Fig .6  Variation in cutting force during cutting of AC8A alloy and composites (Vf =45vol%) at the cutting speed of 50 
m/min. f in the figure represents the feed rate. 
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Fig. 7  Effect of fiber volume fraction Vf,  feed rate f, and cutting speed v on cutting force Fc of AC8A alloy and 
composites. 

 
 
 
 
 

Fig. 8  Effect of fiber volume fraction Vf, feed rate f 
on surface roughness Rz of AC8A alloy and 
composites at the cutting speed of 50 m/min. Fig. 9 SEM micrographs of machined surfaces of 

AC8A alloy and composites（Vf =45vol%） (v = 50 
m/min,  f = 0.2 mm/rev). 

Fig. 10 Enlarged view of machined surfaces of composite 
A (Vｆ =45vol% , v = 50m/min,  f=0.2mm/rev ).  
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Fig. 11 Features of chip formation of AC8A alloy and composites (Vf = 45 vol% , v = 50 m/min,  f = 0.2 mm/rev ). Arrows 
in the figure indicate built-up-edge.  
 
 

 
Fig. 12  Chip forms of AC8A alloy and composites (v = 100 m/min, f = 0.1 mm/rev). 
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Fig. 13 Appearance of the front edge of the tools after cutting the AC8A alloy and composite B 
 (Vf =25 vol%, t =0.1 mm, f =0.1 mm/rev, v =150 m/s). 

 
Fig. 14  Effect of cutting time t on width of flank wear VB after cutting AC8A and composite B (Vf = 25 vol%,  f = 0.1 
mm/rev ). 
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Abstract 

Metal triflates are employed as catalytic 

curing agents for ring-opening polymerisation 

(ROP) of epoxy resin to facilitate self-healing in a 

high performance, fibre reinforced polymer (FRP) 

composite material. Laminates manufactured using 

existing industrial methods contain an embedded 

bio-inspired series of microvascular channels for the 

delivery of self-healing agent to exposed fractured 

crack planes. Thermal cure analysis and mechanical 

testing is employed to characterise the self-healed 

polymer by using differential scanning calorimetry 

(DSC) and a tapered double cantilever beam 

(TDCB) test specimen geometry. After initial Mode 

I crack opening displacement unloaded samples are 

injected with Lewis acid catalysed epoxy self-

healing agent (SHA) and left to cure. Strong 

adhesive compatibility with the host matrix confers 

full recovery of mechanical properties (>99% 

healing). 

 

1. Introduction  

Design considerations and material usage 

are changing significantly in transport sectors to 

ultimately achieve lightweight structures in order to 

improve energy efficiency, reduce fuel consumption, 

increase range, sustain current costs and incorporate 

sustainable materials [1-4]. Over the past few years, 

aerospace, automotive and chemical industries have 

led the development and implementation of 

lightweight fibre reinforced polymer (FRP) 

materials, focusing on adapting and rendering 

existing and new design envelopes to implement 

new materials [5] and incorporate novel 

technologies [6]. 

 Working with relatively ‘new’ materials 

involves detailed consideration of pre-existing 

operating parameters that can result in certain design 

challenges [7]. Preventing propagation of sub-

surface structural micro-cracking in FRP materials 

leads to imposed conservative design philosophies 

that can significantly limit the inherent lightweight 

nature of such a material. A system capable of 

restoring mechanical efficiency after damage 

formation, such as self-healing, has the potential to 

reduce inspection and maintenance costs (i.e. non-

destructive testing (NDT)) and eliminate 

challenging, costly and complicated repairs to realise 

lighter composite structures. 

 Catastrophic failure of a FRP composite 

component can result from micro-cracking as cracks 

rapidly propagate throughout the laminated structure.  

For example, this damage can manifest itself as 

fibre-resin interfacial debonding, occur between 

stacked laminae, or arise from manufacturing defects, 

causing stress concentrations which lead to the onset 

of premature component failure [8].
 
The focus of this 

research builds on the further development and 

implementation of previously developed self-healing 

agents by Coope et al. [9],
 
to achieve a self-healing 

FRP material using typical industrial composite 

manufacturing techniques. Utilising this system in 

FRP composite materials has the potential to address 

the issues of internal damage highlighted above and 

prolong the useful life of materials currently difficult 

and expensive to repair or recycle using traditional 

methods [10].
    

 

Over the past 10 years, Bond, Trask and co-

workers have extensively researched a bio-inspired 

vascule approach [11] to self-healing in high 

performance thermoset composite materials, to 
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satify the requirements for delivering high healing 

agent volumes to areas with severe internal damage. 

Hollow glass fibres (HGFs) [12-16]
 

and 

microvascular channels [17-20] have successfully 

demonstrated reliable methods for self-healing agent 

(SHA) delivery to damaged areas through multiple 

mixed-mode testing. Norris et al. have further 

developed this concept with the stimuli triggered 

delivery of a pre-mixed commercial epoxy SHA into 

an aerospace grade composite material, when subject 

to low energy impact damage, to recover 

compression after impact (CAI) strength [21-23]. 

The SHAs implemented in this study offer 

significant improvements over alternative well 

documented self-healing systems, for example those 

employing Grubbs’ catalyst [24],
 

polydimethylsiloxane (PDMS)/di-n-butyltin 

dilaurate (DBTL) [25] and epoxy/maleimide [26]. 

These improvements include host matrix 

compatibility, catalytic activity under mild 

conditions, relatively low cost and toxicity, high 

stability, commercial availability and system 

tailorability. In this study, we have further developed 

the solid phase scandium(III) triflate-epoxy system, 

considered other similar metal triflate catalysts and 

solvents to initiate and expedite epoxide ring-

opening polymerisation (ROP).  

The most suitable polymer-solvent 

formulation to achieve a significant recovery of 

material properties in FRP epoxy-based composite 

materials was initially identified by using thermal 

cure analysis and bulk polymer mechanical testing. 

This study demonstrated the system’s potential and 

tailorability as SHA can be successfully delivered by 

a variety of ways, including microvascular networks, 

HGFs or microcapsules.  

Herein, is a demonstration of a self-healing 

FRP composite material using a double cantilever 

beam (DCB) coupon specimen geometry, facilitated 

by the delivery of novel epoxy-metal triflate SHAs 

via embedded microvascular channels. The focus of 

this research was a ‘proof of concept’ study for 

fracture repair in FRP test specimens using 

conventional industrial composite material 

manufacturing techniques and the aforementioned 

novel SHAs. As reported below, results have shown 

a significant recovery of fracture toughness (>99%) 

that matches the initial fracture mechanism of the 

host FRP material and an ability to create a repair 

with superior toughness than the original host 

polymer matrix material. 

 

 

2. Results and Discussion 

2.1. Differential Scanning Calorimetry (DSC) 

 

The catalytic activity of scandium(III) 

triflate (Sc(OTf)3) with an oligomeric DGEBA 

epoxy resin (EPON 828) was investigated using 

differential scanning calorimetry (DSC). A number 

of variables were identified for analysis such as 

solvent quantity and type, blended with EPON 828 

resin, catalyst loading and catalyst type.  

Dynamic experiments in the range 0-250 °C 

at a rate of 10 °C/min used an initial medium (M) 

catalyst loading [3.125 pph]. Cure onset 

temperatures for ROP of EPON 828 containing 10 

wt% EPA (E10) and 25 wt% EPA (E25) gave values 

of 34.6 °C and 49.8 °C respectively, a significant 

reduction when compared with the solvent free 

EPON 828 derivative (81.6 °C) (Figure 1). 

Modifying the catalyst concentration to higher (H) 

[6.25 pph] and lower (L) [1.5625 pph] loadings 

confirmed predictions of a retrospective decrease 

(27.9 °C) and increase (79.3 °C) of cure onset 

temperature for E10 Sc derivatives.  

Furthermore, a room temperature ionic 

liquid (RTIL), 1-ethyl-3-methylimidazolium 

tetrafluoro-borate (EMIM BF4), was evaluated as a 

co-solvent to achieve a lower cure onset temperature. 

DSC runs using a (M) catalyst loading, 25 wt% 

EMIM BF4 and 12.5 wt% EMIM BF4 : 12.5 wt% 

EPA solvent gave onset cure temperatures of 

11.1 °C and 24.2 °C respectively. This is a reduction 

of 38.7 °C and 25.6 °C, respectively, in comparison 

the E25 Sc (M) derivative. Therefore, cure duration 

is significantly reduced at ambient and marginally 

elevated temperatures. 

Alternative metal triflates such as 

aluminium(III) triflate (Al(OTf)3) and copper(II) 

triflate (Cu(OTf)2) were also investigated as 

commercially readily available and lower cost 

alternatives to Sc(OTf)3. Experiments containing 

Al(OTf)3 and Cu(OTf)2 with a E25 monomer-solvent 

solution resulted in similar cure onset temperatures 

to Sc(OTf)3 for all three catalyst loadings. However, 

a reduction in solvent quantity (i.e. from E25 to E10) 

reduces the activity of Al(OTf)3 and more 

significantly for Cu(OTf)2 (Table 1). This is 

attributed to catalyst solubility in EPA solvent. 

Therefore, Sc(OTf)3 and Al(OTf)3 catalysts were 

pursued as SHAs in this study.  

This DSC study was carried out to identify 

the most reliable low temperature or autonomous 

ROP-based self-healing system by considering the 
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catalytic activity of metal triflates and EPON 828 

with respect to solvent and catalyst loadings. Solvent 

inclusion in a non-solvated system has a significant 

effect on achieving low temperature curing. 

Increasing solvent concentration further, for 

example, from 25 wt% to 50 wt% dilutes this effect 

due to increased mobility and reduced contact of 

active sites in the reagent mixture. Furthermore, 

increasing catalyst loading and blending solvents 

with a RTIL also significantly reduces the onset 

temperature for polymerisation where catalyst 

solubility is permitted. 

 

2.2. TDCB Fracture Testing 

 

Mechanical testing of the cured bulk self-

healed polymer was carried out using the previously 

documented modified TDCB test specimen 

arrangement to initially identify a suitable polymer 

formulation in order to achieve the required self-

healing functionality in FRP composite materials 

[9,28]. Pre-mixed solutions of the respective 

polymer formulations were cast in silicone moulds 

to form the central trench section and cured at 45 ºC 

for 24 hours. Subsequently, the main specimen 

geometry was cast using EPON 828 and 

diethylenetriamine (DETA). TDCB specimens were 

initiated with a sharp razor blade and tested to 

failure. 

Three polymer formulations were evaluated, 

each with varied solvent quantity and type. This 

included Sc(OTf)3 at a medium (M) concentration 

[Sc (M)], EPA at 10 wt% [E10 Sc (M)], 25 wt% 

[E25 Sc (M)] and equal quantities of EPA (12.5 

wt%) and EMIM BF4 (12.5 wt%) [EMIM EPA Sc 

(M)]. From a total of 5 test specimens, E10 Sc (M) 

gave average initial fracture and displacement values 

of, 92.3 N and 0.95 mm. E25 Sc (M) gave average 

initial fracture and displacement values of, 107.2 N 

and 1.53 mm. Finally, EMIM EPA Sc (M) gave 

average initial fracture and displacement values of, 

86.7 N and 0.89 mm.  

The fracture mechanism for E10 Sc (M) and 

EMIM EPA Sc (M) derivatives was typical of 

thermoset epoxy resin, being brittle in nature 

(Figure 2). In comparison, E25 Sc (M) specimens 

failed in a ductile manner due in part to the solvent 

acting as a plasticiser in the host matrix. As 

discussed in the previous section, EMIM EPA Sc 

(M) containing the RTIL EMIM BF4 as a co-solvent 

benefitted from an increased cure rate, reduced 

viscosity and comparable failure load when 

compared to the E10 Sc (M) derivative. 

Therefore, inclusion of a higher wt% of 

EPA solvent resulted in a ductile failure mechanism, 

an important parameter when healing such an 

inherently brittle host material. 

 

2.3. DCB Fracture Testing 

 

Self-healing performance was assessed in an 

FRP material using a microvascular double 

cantilever beam (DCB) test specimen arrangement 

as developed by Norris et al. [19]. This method is 

based on the ASTM D5528-01 standard for Mode I 

crack opening displacement of FRP composite 

materials [27],
 
a unidirectional (UD) glass fibre 

reinforced epoxy composite (HexPly 913, Hexcel 

Composites) was manufactured with two 0.5 mm 

longitudinal vascules along the central mid-plane to 

facilitate external self-healing agent injection 

(Figure 3). Mode I crack opening displacement has 

been thoroughly investigated to provide successful 

crack-microvascule interconnectivity to allow SHAs 

to wet out the crack planes and re-bond fractured 

surfaces [19,20]. Test specimens were initially 

fractured, unloaded from the test machine, allowed 

to heal and subsequently re-tested to failure 

following the same protocol.  

Mode I strain energy release rate, GIc, values 

were calculated from load (P), displacement (δ), 

delamination length (a) and specimen width (b) 

values using the modified beam theory (MBT) 

method (Equation 1).
 
As the beam is not perfectly 

built-in, rotation may occur at the delamination front; 

therefore a correction factor, Δ, is incorporated 

which treats the DCB specimen as if it contained a 

slightly longer delamination (a + |Δ|). Δ was 

calculated experimentally by generating a least 

squares plot of the cube root of compliance, C
1/3

, as 

a function of delamination length [27].
 

Healing 

efficiencies (ζ) were calculated for each individual 

test specimen using the initial (PInitial) and healed 

(PHealed) fracture load values (Equation 2) and crack 

initiation fracture toughness values in terms of the 

strain energy release rate (GIc) (Equation 3). The 

data presented here corresponds to average data 

points obtained from at least 5 replicates.  

 

)(2/3  abPGIc    (1) 

 

InitialHealedLOAD PP /    (2) 

 

InitialICHealedICG GG
IC

/   (3) 
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Specimen derivatives including SHA 

reagent combinations, healing conditions and 

delivery methods used in the DCB testing are 

outlined in Table 2.  

 

2.3.1. Benchmark Commercial Healing System 

 

A commercially available epoxy-amine 

thermoset, consisting of EPON 828 and 

diethylenetriamine (E25 DETA), was selected as a 

benchmark resin system for this study. EPA solvent 

(25 pph) was added to reduce viscosity and aid resin 

infusion via the microvascular channels [21]. Initial 

fracture toughness testing of five baseline FRP 

specimens at a displacement rate of 2 mm/min 

resulted in progressive crack propagation along the 

mid-plane at an average load of 27.2 N; a failure 

mode typical of Mode I loaded UD test specimens. 

An average strain energy release rate (GIc) of 218 

J/m
2
 for delamination initiation was derived from 

these results. 

The fractured test specimens were 

subsequently prepared for healing by applying one-

sided adhesive release tape (63 micron thickness), 

1.5 mm across the crack plane from the perimeter 

edges of fractured surfaces, and areas to be non-

bonded (i.e. starter pre-crack region of the 

specimen). This is primarily to constrain the injected 

SHA to the crack plane and prevent leaching during 

cure. Furthermore, the void (126 micron thickness) 

created between the fractured surfaces, by the 

presence of the tape, is representative of that formed 

when internal barely visible impact damage (BVID) 

is generated in FRP composite materials after an 

impact. This feature has recently been characterised 

and investigated using micro-CT [29]. 

The E25 DETA pre-mixed SHA was 

introduced via the edge-located vascules and left to 

cure in accordance with the manufacturer’s 

specifications (7 days, 25 °C). The SHA was 

allowed to wet out the crack plane with no external 

intervention to influence SHA distribution on the 

fracture surfaces. This factor is critical in trying to 

replicate the likely SHA delivery mechanism in 

large-scale FRP components.  

Healed specimens achieved an average 

recovery of greater than 95% initial fracture 

toughness and 86% peak load. The average healed 

failure load value corresponded to 23.5 N.  

 

 

 

 

2.3.2. Low Temperature (45 °C) Healing System 

 

A low temperature healing cure cycle 

consisting of 45 °C for 24 hours was selected as 

being easily achievable during existing maintenance 

schedules for a FRP composite structure. 

Furthermore, results from DSC thermal cure analysis 

highlighted that healing with a medium catalyst 

loading (M) [3.125 pph] is achievable at 

temperatures marginally above ambient. In addition, 

the effect of different quantities of EPA solvent on 

the ability to infuse SHA and the resulting polymer 

and mechanical performance was investigated by 

considering E10 and E25 monomer solutions. 

Sc(OTf)3 [3.125 pph] combined with E10 

monomer (E10 Sc (M)) achieved a healed average 

recovery of >119% initial fracture toughness and 

104% peak load. Therefore, the material properties 

of the resulting healed polymer are at least equal to 

the material properties of the host matrix. If damage 

were to occur in the same region it is likely that the 

crack would deviate away from the healed region 

and propagate through the existing host matrix. Due 

to the small quantity of solvent present, the resulting 

polymer is inherently brittle, similar to most cured 

epoxide materials, resulting in a ‘sawtooth’ load-

displacement plot (Figure 4).  

In comparison, mechanical testing of the 

same polymer formulation using E25 monomer (E25 

Sc (M)) revealed a very different fracture pattern. 

Due to the high boiling point (229 °C) of the EPA 

solvent, it effectively acts as a plasticiser in the 

healed polymer. Therefore, a ductile load-

displacement plot is observed which is similar to the 

initial fracture response of the host material (Figure 

5). This also results in an average of 26% and 81% 

increase in peak load and fracture toughness healing 

efficiencies, respectively, when compared to the 

lower solvated derivative, E10 Sc (M) (Figure 6). 

Additionally, in this study, environmental testing has 

confirmed this as not being a transitional state. 

To consider the end-user usability of such a 

system, experimentation into the catalyst loading 

was sought to establish if healing efficiencies could 

be maintained at higher (H) [6.25 pph] and lower (L) 

[1.5625 pph] catalyst concentrations. Therefore, test 

specimens were healed with double and half catalyst 

concentrations of the E25 Sc (M) derivative. From 

five test replicates, an increase of 46% healed peak 

load and 152% healed fracture toughness was 

observed when doubling catalyst concentration (E25 

Sc (H)). Subsequently, test specimens (5) healed 

with a reduced catalyst concentration (E25 Sc (L)) 
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achieved comparable results to E25 Sc (M), with a 

1% healed load decrease and a 22% healed fracture 

toughness decrease. When taking into account the 

standard deviation of these values it can be 

concluded that a reduction in catalyst concentration 

can achieve comparable healing efficiencies at the 

point of delamination initiation. Therefore, a healthy 

reserve factor could be applied to E25 Sc (M) in an 

industrial application to achieve a minimum healing 

efficiency value in line with E25 Sc (L) test 

specimen results.   

As confirmed from the DSC results, 

Al(OTf)3 has a similar reactivity although a slight 

reduction in solubility in comparison to Sc(OTf)3. 

Therefore, E10 and E25 Al(OTf)3 3.125 pph (E10 Al 

(M), E25 Al (M)) were employed as healing agents 

to establish if similar mechanical properties could be 

achieved by using this significantly more 

economically viable catalyst.  

From a total of five test replicates, E10 Al 

(M) specimens achieved a marginal decrease in 

healing efficiency for fracture toughness (-10%) and 

peak load (-6%) when compared to Sc(OTf)3. 

Similarly, E25 Al (M) specimens achieved a 

decrease in healing efficiency for fracture toughness 

(-59%) and peak load (-19%). Therefore, additional 

catalyst could be employed to achieve higher healing 

efficiencies and improved reactivity than Sc(OTf)3, 

but at a much lower cost. 

Lastly, an alternative solvent was considered 

to establish if it could contribute to or influence the 

overall structural integrity of the host matrix.  The 

RTIL, EMIM BF4 was investigated as a co-solvent 

with EPA to accelerate the curing kinetics of the 

self-healing polymer by increasing catalyst 

reactivity. It has recently been documented [30,31] 

that RTILs can act as thermally latent initiators for 

curing epoxy resin at significantly elevated 

temperatures (>100 ºC). In this study, addition of 

metal triflate catalysts resulted in a reduction of 

onset cure temperature to achieve ambient 

temperature curing within 24 hours. 

DCB specimens healed at 45 ºC for 24 hours 

with an EMIM EPA Sc (M) polymer formulation 

(12.5 wt% EPA; 12.5 wt% EMIM BF4) gave 

comparable results to the E25 DETA ambient cured 

derivative. A healing efficiency of 83% and 71% for 

fracture toughness and peak load resulted.  

 

2.3.3. High Temperature (80 °C) Healing System 

 

Curing of Sc(OTf)3 healed specimens at a 

higher temperature was investigated to establish if 

significant improvements in healing efficiencies 

could be achieved. The most promising formulations 

(E10 Sc (M) and E25 Sc (M)) from the low 

temperature study were healed at 80 °C for 24 hours 

and subsequently re-tested at ambient temperature. 

From a total of five test replicates, E10 Sc (M) 

specimens achieved a negligible change in healing 

efficiency for fracture toughness (-7%) and peak 

load (+2%) when compared to the lower temperature 

counterpart.  

In comparison, healed E25 Sc (M) 

specimens achieved on average a 29% and 106% 

increase in peak load and fracture toughness healing 

efficiencies. Therefore, the average healed peak load 

value (44.2 N) was significantly higher than the 

initial fracture peak load value (27.8 N), resulting in 

an overall healing efficiency of 159%.   

 

2.3.4. Ambient Temperature Healing System 

 

To achieve an autonomous self-healing 

composite material, test specimens were infused 

with a pre-mixed solution and left to cure at ambient 

temperature (RT) for 7 days. This healing scheme is 

typical of ambient temperature cured epoxy systems. 

The derivatives demonstrated in this study include 

E10 Sc (M), E25 Sc (M) and E25 Sc (H) as these 

were highlighted as the best overall analogues in the 

45 °C / 24 hour healing scheme. DSC analysis of the 

resultant SHP showed complete cure in this time 

period. 

Firstly, E25 Sc (M) was evaluated, giving a 

load healing efficiency of 113% and a fracture 

toughness healing efficiency of 121%. Comparing 

these values with the 45 °C cured derivative reveals 

a 17% reduction in load healing efficiency and a 

79% reduction in fracture toughness healing 

efficiency. Furthermore, these ambient temperature 

results are comparable with E25 Al (M) healed at 45 

°C for 24 hours. On increasing catalyst 

concentrations the maximum load (127%) and 

fracture toughness (185%) healing efficiencies 

become comparable to E25 Sc (L) healed at 45 °C 

for 24 hours with values of 129% and 178%, 

respectively.  

Lastly, evaluating E10 Sc (M) healed at 

ambient temperature reveals a decrease in healing 

efficiency of 32% for maximum load (72%) and a 

decrease in healing efficiency of 35% for fracture 

toughness (84%). Therefore, it was observed that to 

maintain healing efficiencies close to the fracture 

toughness of the host matrix at ambient temperature, 

a higher quantity of solvent (E25) is required. This is 
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attributed to reagent migration within the solvated 

healing polymer during cure.  

 

2.3.5. Autonomous Delivery System 

 

An autonomous delivery system was 

investigated to demonstrate self-healing 

functionality where separate solutions of Sc(OTf)3-

EPA and EPON 828-EPA were introduced via 

parallel microvascular networks (AUTO E25 Sc (M) 

[AUTO]). The total solvent and catalyst loading was 

analogous to E25 Sc (M) and cured at 45 °C for 48 

hours. A longer cure time was prescribed to account 

for catalyst infusion throughout the monomer 

solution. Ultimately, if this were to occur in a 

pressurised system the rate of autonomous mixing 

would greatly increase and would, therefore, be 

comparable to derivatives healed using a pre-mixed 

solution.  

From five test replicates, healing 

efficiencies for load and fracture toughness at 

delamination initiation were 100% and 88%, 

respectively. However, as the extension was 

increased from this point the load carrying capability 

also increased until a reduction in maximum load 

was observed at ~20 mm extension. Therefore, 

AUTO specimens showed a higher degree of 

ductility to achieve a maximum load comparable to 

the host matrix at >100% increase in extension. 

Therefore, the fracture toughness was considerably 

higher (2-3 times) at the point of maximum load 

than observed for pre-mixed samples. 

Due to the challenges of curing an unmixed 

polymer solution at low temperature, EMIM BF4 

was added to the self-healing polymer formulation to 

expedite reaction cure kinetics and to achieve a 

cured polymeric material with a comparable 

stiffness to the host matrix. Retesting the polymer 

after healing at 45 ºC for 24 hours - a twofold 

reduction in healing duration when compared with 

the pure EPA derivate, gave healing efficiencies for 

load and fracture toughness of 98% and 104% 

respectively. This is a significant improvement to 

healing performance and in creating a polymer with 

a comparable stiffness to the host matrix.     

 

3. Discussion 

 

The previously demonstrated DGEBA-EPA 

+ scandium triflate catalyst self-healing system was 

further developed and refined to facilitate self-

healing in high performance FRP composite 

materials. By incorporating bio-inspired vascular 

channels into the material, autonomous delivery of 

healing agent was possible without having a 

detrimental effect on the host material mechanical 

properties. 

Evaluating the mechanical properties for 

solvated metal triflate-initiated epoxide polymers 

was sought by using a FRP composite material DCB 

geometry. In total, three EPA solvent 

concentrations/formulations, three healing 

temperatures, three catalyst loadings, two metal 

triflate catalysts and two delivery methods were 

investigated in order to achieve high performance 

healing using a low temperature-short healing time 

protocol. Solvent concentration had the greatest 

influence with regards to the resultant fracture of the 

healed polymer. Although a cohesive failure in all 

specimens was observed, the inclusion of a low 

solvent quantity (i.e. E10 derivatives) facilitated a 

brittle fracture whereas E25 derivatives with more 

solvent failed in a ductile manner, similar to the host 

material behaviour. Both solvated derivatives 

achieved comparable peak load values at the point of 

delamination initiation.  

Achieving self-healing in FRP composite 

materials at ambient temperature, restoring 

mechanical properties comparable to the host matrix, 

was the predominant focus for this study. Similar to 

the findings for test specimens healed at low 

temperature, there was a direct correlation between 

solvent quantity and fracture pattern and also 

between catalyst loading and healing efficiencies. 

This is attributed to the solvent acting as a 

plasticiser, enhancing ductility and facilitating SHA 

migration between fracture surfaces to achieve high 

cross-linking density from metal triflate-initiated 

epoxide sites. Healing at a higher temperature does 

not induce a significant increase in healing 

performance over specimens healed at low or 

ambient temperatures when considering the extra 

energy required.  

E25 Sc (M) was highlighted as the best 

overall specimen derivative to achieve reliable 

healing performance equal or greater than the host 

material mechanical properties. Therefore, a medium 

catalyst loading [3.125 pph] was chosen as a 

representative value to evaluate Al(OTf)3 as a 

catalytic curing agent for FRP composite materials. 

This also represented a cost effective, active quantity 

capable of curing at low and ambient temperatures. 

Modified catalyst loadings were limited to E25 Sc 

derivatives cured at 45 °C and ambient temperatures 

due to reduced solubility of Al(OTf)3 in EPA solvent. 

Furthermore, healing temperatures were limited to 

ICCM19 4516



 

7  

SELF-HEALING OF A FIBRE REINFORCED POLYMER COMPOSITE MATERIAL  

USING METAL TRIFLATES AS CATALYTIC CURING AGENTS 

45 °C, 80 °C and ambient temperature in line with 

previously investigated self-healing systems and the 

aim of this study, i.e. to maintain minimum external 

energy input for healing to occur.  

 

4. Conclusion 

 

Aerospace-grade FRP composite materials 

were self-healed via injection of EPON 828 and 

Lewis-acid metal triflate catalysts. A 26% minimum 

healing efficiency increase was observed for 

implementing these SHAs compared with the 

commercial-based EPON 828/DETA system. DCB 

test specimens were fabricated with 0.5 mm 

microvascular channels as an integral non-

detrimental network for the delivery of SHAs to 

damaged regions in the material. Test specimen 

derivatives independently considered monomer-

solvent content, healing temperature, catalyst type 

and catalyst loading. 

E25 Sc healed test specimens achieved a 

minimum healing efficiency of 129% via the 

injection of a pre-mixed solution at 45 °C, 

demonstrating full recovery of fracture toughness. 

Ultimately, autonomous curing was one of the main 

objectives for this self-healing system. Thus, curing 

at ambient temperature provided a minimum healing 

efficiency of 113% for this same system. A modest 

increase of 30% healing efficiency resulted from 

healing at 80 °C when compared with healing at low 

temperature.  The highest healing efficiency was 

achieved by introducing a higher catalyst 

concentration to E25 Sc cured at 45 °C. This 

resulted in a 176% load recovery and a 352% 

fracture toughness recovery. Furthermore, an 

autonomous delivery method facilitated by infusion 

of separate Sc(OTf)3-EPA and EPON 828 solutions 

via parallel vascules achieved a 100% load recovery 

and 88% fracture toughness at delamination 

initiation. Inclusion of EMIM BF4 as a co-solvent to 

healing agents delivered autonomously resulted in 

healing efficiencies of fracture toughness and 

maximum load to 98% and 104%, respectively, after 

a reduced cure duration of 24 hours.  

Healing a load bearing high performance 

material remains one of the key challenges in 

developing and implementing self-healing materials. 

In this study we have successfully demonstrated 

high healing efficiencies for fracture toughness 

recovery at modest raised and ambient temperatures 

in a FRP composite material manufactured using 

conventional industrial methods. This research 

further demonstrates the application and tailorability 

of the underpinning chemistry of this self-healing 

system across a variety of delivery systems. 

Therefore when coupled with structural health 

monitoring (SHM) systems and a pressurised 

pumping system it is potentially capable of multiple 

healing cycles and being truly autonomous in nature 

[23]. 

 

5. Experimental Section  

 

Materials:  

 

Ethyl phenylacetate (EPA), 

diethylenetriamine (DETA, (NH2CH2CH2)2NH), 

scandium(III) triflate (Sc(OTf)3), aluminium(III) 

triflate (Al(OTf)3), copper(II) triflate (Cu(OTf)2) and 

1-ethyl-3-methylimidazolium tetrafluoroborate 

(EMIM BF4) were purchased from Sigma-Aldrich 

and used as received. EPON 828 was purchased 

from Polysciences, Inc.. E-glass/epoxy pre-

impregnated tape was purchased from Hexcel. 

 

Differential Scanning Calorimetry (DSC): 

 

Samples for the DSC experiments were 

prepared by mixing catalyst (Sc(OTf)3, Al(OTf)3 or 

Cu(OTf)2) at the prescribed loading with EPON 828 

and EPA solvent and/or EMIM BF4. The following 

wt% of EPA was added to EPON 828; 0 wt% 

(EPON), 10 wt% (E10) or 25 wt% (E25). EMIM 

EPA Sc (M) comprised of 12.5% wt% EPA and 12.5 

wt% EMIM BF4. The solution was thoroughly 

mixed at ambient temperature and quickly 

transferred (approximately 10 mg) to aluminium 

Tzero hermetic pans. A TA Instruments Q200 DSC 

was used to study non-isothermal curing via 

dynamic scans. Samples were heated from 0 to 

250 °C at a heating rate of 10 °C/min under a flow 

rate of 50 mL/min of nitrogen as the purge gas.  
 

Self-Healed Polymer Testing:  

Self-healed polymers (SHPs) were evaluated 

using a modified TDCB geometry to include a 

grooved short central trench (CT) section 

exclusively to contain the cured SHP [9]. SHP 

samples were prepared using precast CT sections, 

cured at 45 °C for 24 hours, with medium catalyst 

loading (Sc (M)). The precast SHP CT was placed in 

closed silicone moulds and the main geometry 

prepared from mixing 100 parts EPON 828 with 12 

parts curing agent DETA into the mould and left to 

cure for 7 days at ambient temperature. A sharp 
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razor blade was used to pre-crack cured samples 

prior to being pin-loaded on an Instron 3343 1 kN 

load cell at a displacement rate of 5 μm s
-1

. Test 

specimens were cracked along the complete CT 

length until complete failure. 

 

Fibre-Reinforced Polymer (FRP) Composite 

Material Manufacture: 

 

E-glass/epoxy (Hexply 913, Hexcel 

Composites) unidirectional (UD) plates (300 mm x 

220 mm x 3.8 mm) were manufactured using hand 

lay-up (28 ply). Cure was undertaken according to 

the manufacturer’s recommendations of 125 °C for 1 

hour and a pressure of 700 kPa. Stainless steel wire 

(ca. 0.5 mm in diameter) pre-coated with PTFE 

release agent was placed parallel to the fibre 

direction in pre-cut 0.5 mm channels (equal to the 

thickness of 4 plies) centred on the mid-plane.  

Release film (15 μm thickness) was placed 

from the laminate edge to 25 mm before the start of 

the vascules. Cured composite plates were cut into 

DCB coupon specimens using a water-cooled 

diamond grit saw (195 mm x 20 mm x 3.8 mm). 

Piano hinges were bonded in place using Hexcel 

Redux 810 adhesive onto grit-blasted surfaces as 

preparation for mechanical testing. 

Fibre-Reinforced Polymer (FRP) Composite 

Material Testing: 

 

An Instron 3343 fitted with a 1kN load cell 

was used to initiate and propagate Mode I crack 

opening. Double cantilever beam (DCB) E-glass 

composite test specimens fixed via attached piano 

hinges were loaded at a displacement rate of 2 

mm/min in accordance with ASTM 5528-01 [27]. 

Cracks were propagated for 75 mm from the point of 

initiation and crack length recorded with a video 

camera. 

Specimens were healed after initial fracture 

using the prescribed healing agent, delivery method 

and cure temperature (Table 1). SHAs were 

delivered via the edge-located vascules using 26 

gauge hypodermic needles. Healed specimens were 

re-tested as outlined above for initial fracture. 
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Figure 1. DSC curves for E10 Sc (M), E25 Sc (M), E50 Sc (M), EPON Sc (M), EMIM25 Sc (M) and E12.5 

EMIM12.5 Sc (M) samples.
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Figure 2. Representative load-displacement curve for initial fracture of E10 Sc (M), E25 Sc (M) and EMIM 

EPA Sc (M) polymeric TDCB test specimens cured at 45 °C for 24 hours. 
 

 

 

Figure 3. Double cantilever beam (DCB) Mode I specimen geometry. Note: all dimensions in mm; dashed lines 

represent internal features.  
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Figure 4. Representative load-displacement curves 

for E10 Sc (M) DCB test specimens healed at 45 °C 

for 24 hours. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figure 5. Representative load-displacement curves 

for E25 Sc (M) DCB test specimens healed at 45 °C 

for 24 hours. 

 

 

 

 

 

Figure 6. Healing performance for maximum load. 
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Table 1. DSC Data for E10 Metal Triflate Catalysts. 

Designation 
Heat of Reaction 

[J/g] 

Onset 

Temperature [°C] 

Maximum 

Temperature [°C] 

E10 Sc (M) 337.9 34.6 129.2 

E10 Al (M) 408.2 78.0 157.9 

E10 Cu (M) 392.9 47.1 155.6 

 

 

 

 

 

Table 2. Specimen derivatives used to demonstrate self-healing performance. 

Designation 
 Monomer  

 Solution
a)
 

 Catalyst 
Catalyst  

Loading [pph]
b)

 

              Healing Temperature [°C] 

        45                   80                    RT 

E10 Sc (M) 
      E10 

Sc(OTf)3 3.125 (M)   X         X X 

E10 Al (M) Al(OTf)3 3.125 (M) X   

E25 Sc (M) 

      E25 

Sc(OTf)3 

3.125 (M) X  X X 

E25 Sc (H) 6.25 (H) X  X 

E25 Sc (L) 1.5625 (L) X   

EMIM EPA  

Sc (M) E12.5 

EMIM12.5 

3.125 (M) 

X   

AUTO EMIM 

EPA Sc (M) 
 X   

AUTO E25 Sc 

(M) 

E25 

 X   

E25 Al (M) Al(OTf)3 X   

E25 DETA DETA 12   X 

 
a) E10: 90 wt% EPON 828, 10 wt% Ethyl phenylacetate (EPA); E25: 75 wt% EPON 828, 25 wt% EPA.   

E12.5 EMIM 12.5: 75 wt% EPON 828, 12.5 wt% EPA, 12.5 wt% EMIM BF4   
b) (L) = low loading, (M) = medium loading, (H) = high loading 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 1 General Introduction  
 

In recent years, natural fibers have drawn 

considerable attention as substitutes to the synthetic 
fibers such as glass and carbon fibers, as a result in 

strong growth from ecological concern, 

environmental attentiveness and new rules 
regulations [1]. The use of vegetal fibers as 

reinforcement in polymers presents many 

advantages, such as the low cost of natural fibers,  

low cost, low abrasion in processing equipment, low 
density, they are obtained from renewable sources 

and additionally, the use of these fibers could 

minimize environmental pollution due to their 
biodegradability [1,2].  

Among the existing natural fibers, sugarcane 

bagasse and straw have been used as fillers in 
composite materials [3,4]. Brazil is the greatest 

sugarcane producer in the world [5]. The sugarcane 

is cultivated in southeast and northeast portions of 

the country, and for 2012–2013, the production was 
over 595 million tons. The material removed before 

the cane is crushed, is called straw. One ton of 

sugarcane cultivated produces 140 kg of sugarcane 
straw. Sugarcane bagasse, as any other biomass, 

consist of three main macromolecules: cellulose, 

hemicellulose and lignin, cellulose being the most 

abundant and best studied. Cellulose-based fibers are 
the most widely used, as biodegradable filler. 

Intrinsically, these fibers have a number of 

interesting mechanical and physical  
properties [6,7]. Their environmentally friendly 

character and technical and economic advantages 

make these fibers attractive for an increasing number 
of industrial sectors, including the automotive 

industry, as replacements for glass fibers [7]. 

Lignin is a cell wall component in all vascular plants 

and in the wood stems of arborescent angiosperms 
(hardwood) and gymnosperms (softwoods). Lignin 

acts as a water sealant in the stems and plays an 
important role in controlling water transport through 

the cell wall, and as a stiffener to give the stem its 

resistance against wind and gravity forces [8]. 
Lignin is a high molecular weight thermoplastic 

copolymer with a glass transition temperature (Tg) 

of approximately 90°C. Lignin is not hydrolyzed by 
acids, but it is soluble in hot alkali.  

Shortcomings associated with natural fibers have to 

be overcome before using them as reinforcements in 

polymer composites [9]. It is well know that 
compatibility between lignocellulosic material and 

the polymer matrix plays a crucial role in 

determining the properties of a composite [10].The 
most serious concern is the hydrophilic character of 

natural fiber, which leads to low compatibility with 

hydrophobic polymer matrices and also to a poor 
dimensional stability [11].  There are a wide variety 

of treatments that can be used to improve fiber-

matrix adhesion in composites, as literature suggests 

ways to modify the fiber surface increasing the 
fiber/matrix adhesion [9]. However, chemical 

modification adds another step in the composite’s 

preparation, hence very likely increasing the 
production cost [12]. 

An alternative to chemical treatments are the use of 

natural materials as compatibilizers in composite 

structure. Natural wood and plant fibers are 
constituted of cellulose fibers consisting of helically 

wound cellulose microfibrils, bound together by an 

amorphous lignin matrix. This make-up of wood 
suggests the potential of lignin to act as a 

compatibilizer between the hydrophilic natural fiber 

reinforcement and a hydrophobic matrix polymer [8]. 
Additionally, lignin has a complex and non-uniform 

structure with aliphatic and aromatic constituents [2]. 

Due to this, lignin has been investigated as 

compatibilizer agent in polymer composites [10,13]. 
Its utilization is justified by the presence of aliphatic 
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and polar groups, that can improve the compatibility 

between hydrophobic polymers and natural fibers 

[2]. 
In this work, it was proposed that lignin would 

improve fiber-to-matrix adherence and as a result the 

composites obtained would have better thermal and 
mechanical properties. Sugarcane agasse fibers were 

chosen for the reinforcement because of the 

availability and cost effectiveness of this material in 

Brazil. Polypropylene (PP) was selected as matrix, 
as this is used in a variety of applications, and has 

industrially relevant properties. Sugarcane bagasse 

was pretreated by diluted acid, delignified, treated 
with xylanase and bleached. Lignin was obtained by 

the acid precipitation of the black liquor from the 

delignification step. Polypropylene (PP) composites 
reinforced from 5 to 40 wt% of bleached cellulose 

fibers and from 5 to 20%wt/wt of lignin from 

sugarcane bagasse were prepared in a thermokinetic 

mixer. Thermogravimetric analyses (TGA) and 
differential scanning calorimetry was performed in 

order to evaluate the thermal properties of the 

obtained materials. 
 

2 Experimental 

2.1 Obtainment of bleached cellulose  

In natura sugarcane bagasse was pretreated with 
1% (wt/v) sulfuric acid solution at 120˚C for 10 min, 

followed by a delignification step with 1% (wt/v) 

sodium hydroxide solution at 100˚C for 1 h. The 
solid:liquid ratio was 1:10 (wt/v) for both processes. 

After this, treatment with xylanase (Pulpzyme) was 

carried out in polypropylene bags at 50˚C for 2 h. 
The consistency of medium was 10% (wt/wt), and it 

was used 36 IU of enzyme per gram of pulp. The 

obtained pulp was submitted to an alkaline 

extraction with 5% (wt/v) NaOH (solid:liquid ratio 
1:10) for 1 h at 65˚C. The resulting material was 

chelated with EDTA 0.5% (wt/wt) for 30 min at 

70˚C in polyethylene bags, on a consistency of 10% 

(wt/wt) and, bleached with hydrogen peroxide. The 
bleaching of pulp was carried out in polyethylene 

bags placed in thermostat bath at 70°C for 1h, pH 

8.0 to 12.2, on a consistency of 3% (wt/wt) and 
hydrogen peroxide (5% v/v). To minimize the effect 

of cellulose depolymerization by peroxide, it was 

added 0.5% (wt/v) MgSO4.7H2O, previously 

dissolved in distilled water.  

 

2.2 Obtainment of Lignin 

Lignin was obtained by the acid precipitation 
(pH 2,0), using H2SO4, of the black liquor from the 

delignification step. The precipitated material was 

washed until neutral pH was achieved. 
 

 

2.3 Preparation of composites  

Polypropylene (PP) composites reinforced with 
5 to 40 wt% of bleached cellulose fibers and using  5 

to 20%wt/wt of lignin, as coupling agent, both 

obtained from sugarcane bagasse, were prepared in a 
thermokinetic mixer at 5250 rpm. After mixing, the 

composites were cooled with water and after that, 

ground to 13 mm. The composites were dried in an 

oven at 80˚C for 3 h and they were evaluated by 

thermal analysis. PP used as matrix was kindly 

provided by Braskem (Brazil). 

 

2.4 Processes yields 

 
The processes yields were determined by the 

weight difference before the step concerned and the 

weight at the end of this same step. The yield can be 

given by: 

 

100*









W

w
Y     (1) 

                                 

where: Y (%) = the reaction yield in percentage;  

w = weight of the material in the reaction step (g);  
W = weight in previous step (g); 

 

 
 

2.5 Chemical composition of lignocellulosic 

materials 

 
The modified Klason method was utilized 

[14,15]. Samples (2.0g) of in natura, pretreated and 
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delignified, treated with xylanase, extracted with 

alkali and bleached with hydrogen peroxide 

sugarcane bagasse were treated with 10.0 mL of 
72% H2SO4. After 7 min stirring at 45°C, 25 mL of 

water was added to the mixture, which was post-

hydrolyzed under 1.05 bar for 30 min. The product 
was filtered and the insoluble portion (Klason lignin) 

was quantified. The hydrolysate was filtered in a 

Sep-Pak C18 cartridge, and analysed by high-

performance liquid chromatography in a Shimadzu 
LC10 chromatograph with Aminex HPX-87H 

column at 45°C. The mobile phase was               

0.005 mol.L
-1

 H2SO4 at 0.6 mL.min
-1

. The hydrolysis 
products were determined by refraction index and 

quantified by using calibration curves. Soluble lignin 

was determined as described by Gouveia et al. [15] 
using absorption at 280 nm of alkaline solutions 

obtained from the hydrolysate. The concentration of 

cellulose was determine by the addition of 

anhydrous – glucose, cellobiose and HMF, besides 
the amount of polyoses was determined through the 

sum of the anhydrous – xylose, arabinose and 

furfural [14,15]. 
 

2.5 Thermogravimetric analyses (TGA) 
 

TGA was carried out using a thermal analyser of 

TA Instruments (model SDT Q600), in N2 

atmosphere at 10°C min
-1
 heating rate, from 30 to 

650°C.  

2.7 Differential scanning calorimetry (DSC) 

DSC was carried out in a calorimeter from TA 

Instruments SDT Q600, in N2 atmosphere at a 
heating rate of 10°C min

-1
, from 30 to 650 º C, in a 

sealed vessel. 

 
 

3 Results 

 

3.1 Chemical composition of lignocellulosic 

materials 

 

The analysis of chemical composition of bagasse 
in natura and pre-treated, reported in Table 1, 

together with the process yield 65.9%, revealed that 

77.4% of hemicellulose (Figure 1) present in 

bagasse in natura was solubulized. This kind of pre-

treatment causes the solubilization of hemicelluloses 

[17], reduces the crystallinity of cellulose and 
increases the porosity of the materials [18]. As 

hemicellulose has a more amorphous and 

morphological structure of greater access to 
chemicals than cellulose (FENGEL;WEGENER 

.1989), which has a structure with higher 

crystallinity, the acid present during pre-treatment 

causes hydrolysis of hemicelluloses, mainly by 
removing them from the pretreated material. In 

addition, there was also loss of cellulose during pre-

treatment, which was 17.6% (Figure 1), and 
probably much of amorphous cellulose or of low 

crystallinity making cellulosic fraction more 

susceptible to the action of other reagents. There was 
also a slight loss of lignin, about 9%. Lignin is not 

greatly removed during pretreatment, due to 

condensation reactions suffered in acidic conditions. 

These reactions are undesirable because they avoid 
the solubilization of lignin. 

 
Tab 1.  Chemical composition of sugarcane bagasse, pretreated bagasse, 

delignified pulp, treated with xylanase pulp, extracted with NaOH pulp 

and bleached pulp 

 
 

The pulp obtained after the alkaline 

delignification presented about lignin 22.7% (Table 
1), a lower value compared to amount of lignin in 

present in in natura bagasse. Approximately 50% 

(Figure 1) of the lignin present in the pretreated 

material was solubilized after the process. It was 
also observed a removal of 69% (Figure 1) of 

hemicellulose. Furthermore, about 9% of cellulose 

was dissolved. In alkaline medium, cellulose can 
suffer hydrolysis and peeling reactions occur. These 

reactions are undesirable because the average length 

of the chain decreases and also because of the loss of 

sugars, carbohydrates removed can be are converted 
into various organic acids, hydroxy, which reduce 

the effective alkali concentration in cooking liquor 

[20,21]. The process yield obtained for the 
delignification step was 73.9%. 

 

ICCM19 4525



 
 

Figure 1.  Components loss during the obtainment of bleached fibers (1-

pretreatment;2-delignification; 3-xylanase treatment; 4-NaOH 

extraction; 5-bleaching) 

 
The treatment with xylanase was not successful 

in solubilizing the hemicellulosic fraction, still 

present in pulp after the delignification step. This 

probably occurred due to a low enzymatic activity of 
xylanase used in this work, on average 330.32 

UI/mL, which prevented the expected removal. A 

small fraction of lignin was removed, about 7.2% 
(Figure 1). The solubilization of hemicellulose and 

lignin is due to the fact that the removal of the 

hemicellulosi structure by xylanase breaks the 
lignin-carbohydrate links and facilitates the removal 

of lignin fragments that were formed in previous 

treatments. Cellulose was not so  dissolved, about 

0.4% (Figure 1), thus leaving the pulp obtained after 
the treatment with xylanase a 72.2% content (Table 

1). The process yield derived for this step was 

98.7%. 
Alkaline extraction had a process yield of 

88.30% step caused a high loss of lignin, about 30%, 

as can be observed in Table 1. There was also 

removal of hemicellulose and cellulose. In alkaline 
medium, the carbohydrates suffer peeling reactions, 

which leads to its degradation. The enzymatic 

treatment carried out previously let the 
hemicelluloses more susceptible to this kind of 

reaction, as a result this component had a high 

degree of removal, about 46% (Figure 1). Although 
cellulose was more exposed due to the removal of 

part of hemicelluloses and lignin in s previous 

treatment steps, it was not greatly solubilizes, mainly 

due to its cristanility, which prevents the breaking of 
cellulosic structure. 

The removal of lignin, during bleaching with 

peroxide step, was accentuated approximately 40% 

(Table 1). It was also noticed the solubilization of  

hemicellulose, around 46% and there was no 

solubilization of cellulose (Figure 1). The process 
yield of this last stage was 95.3%, demonstrating 

that there was no significant loss of mass after 

bleaching, despite the removal of much of the 
residual lignin still present in the extracted pulp. 

In the route of cellulose extraction studied, it 

was obtained a material with a high content of 

cellulose, low hemicellulose content, but with still 
some lignin remaining, showing that the process 

used could have been more effective at removing 

hemicellulose and lignin. On the other hand, there 
were also significant losses of cellulose. At the end 

of the whole process of obtaining cellulose, the total 

loss of this component was 28.7% (Figure 1). This 
fact is undesirable, since the goal of the work is the 

use of cellulose, and this loss ends up affecting the 

final yield of the process, and can make it 

unfeasible. However, the loss of lignin was about 
84%, a result quite satisfactory, but far from ideal. 

The loss of lignin was evidenced throughout the 

process. For the hemicelluloses, total loss along the 
way was nearly 100%, principally in the pre-

treatment step. 

 

3.2 Thermal analysis of composite materials 

 

Thermal analyses are important tools for the 

characterization of polymeric materials, since the 
thermal stability consists of important property to 

assess possible applications. Lignocellulosic fibers 

were submitted to intense heat during composite 
fabrication. Therefore, a thermal analysis study was 

necessary to determine the influence of fibers 

addition into polymer on thermal stability of 

composites and to confirm any degradation process 
during composites production. Thermogravimetric 

analysis (TGA) was used to verify the thermal 

stability and degradation of composites, of cellulose 
fibers, lignin and pure polypropylene (PP). This 

characterization allowed not only to evaluate the 

limit of temperature to which this material can be 
submitted, but also to study the influence of the 

fiber/lignin content in the polymeric matrix. The 

thermal degradation and stability were evaluated by 

TG (thermogravimetric) curves. 
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Figure 2.  TG curves of PP, Cellulose, Lignin, PP + 30%cellulose + 0% 

lignin and PP + 30%cellulose + 20% lignin 

 

 
Figure 2 shows the TG curve for cellulose 

fibers, lignin and pure PP and composite reinforced 

with 30% (wt/wt) of cellulose + 0% (wt/wt) of lignin 
and 30% (wt/wt) of cellulose + 20% (wt/wt) of 

lignin. The TGA curve obtained for cellulose fibers 

showed that below 100°C, the weight loss is 
associated with loss of water due to moisture 

content. Despite the fibers being dried before the 

analysis, the total elimination of water is not 

possible due to the hydrophilic character of the 
fibers [22]. Also it can be seen,  that the fibers have 

thermal stability up to approximately 275°C, when 

the thermal decomposition starts, corresponding to 
the beginning of the decomposition of 

hemicelluloses, followed by cellulose. Around 

350°C there is the beginning of another process of 
decomposition, probably involving lignin bonds, 

proceeding rapidly with the increasing of 

temperature. 

The TGA curve for lignin is also shown in 
Figure 2. Great differences were found among the 

pyrolysis behaviors of these two materials. Cellulose 

pyrolysis was focused at a lower temperature range 
(315-400˚C). When temperature was higher than 

400˚C, almost all cellulose was pyrolyzed with a 

very low solid residue left. Instead, lignin was more 

difficult to decompose. Its decomposition happened 
slowly under the whole temperature range from 

ambient to 650˚C, but at a very low mass rate. The 

solid residue left from lignin pyrolysis was the 
highest. The differences in the inherent structures 

and chemical nature of the three components 

possibly account for the different behaviors 

observed. 

 
Tab 2.  Weight loss at different temperatures and degradation 

temperature peak of polypropylene and cellulose/lignin/PP composites 

 
TGA curves obtained for the pure PP and the 

composites obtained in this work are shown in 

Figure 2 and the weight loss at different 
temperatures and degradation temperature peak os 

polypropylene, cellulose, lignin and composites are 

shown in Table 3. The small weight loss up to 100°C 

is related to the moisture content of the material. 
Above this temperature, it can also occur, the 

volatilization of some water molecules tightly bound 

to the fibers. Comparing the TGA curves of pure PP 
and the composites reinforced with cellulose fibers it 

can be observed a similar behaviour. The TGA 

curves indicate that the decomposition process of the 
PP matrix occurs in only one step, while for the 

composites this process occurs in two steps. The first 

step is the decomposition of the fibers and the 

second of the matrix. It may be noticed that when a 
greater amount of reinforcement was added to the 

matrix, there was a reduction in thermal stability of 

the composite. 
Table 2 shows the weight loss of the materials 

for each temperature range. Analyzing the table 

results, it was noticed that up to 400° C, the PP do 
not lose much weight, but obove this temperature the 

weight loss is fast. The PP/celulose composite, 

without the addition of lignin, have a initial 

decomposition temperature smaller than the 
composites in which lignin was used as an additive. 

The greater thermal stability of these materials is 

due to the fact that lignin acts as a protective barrier 
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against the thermal degradation [23]. The high 

thermal stability of lignin is due to the presence of 

complex phenylpropanoid units, wich consist of 
aromatic phenyl groups. These aromatic structures 

are very stable. Moreover, the presence of hydroxyl 

groups also contributes to stability, since the 
electrons paired not also come into resonance, 

increasing the stability of aromatic structures and 

preventing breakage that occurs only at high 

temperatures [2, 24,25]. 
 

 

 
Figure 3.  DSC curves of PP, Cellulose, Lignin, PP + 30%cellulose + 

0% lignin and PP + 30%cellulose + 20% lignin 

 

Figure 3 shows DSC curves for cellulose fiber, 
lignin and pure PP and composite reinforced with 

30% (wt/wt) of cellulose + 0% (wt/wt) of lignin and 

30% (wt/wt) of cellulose + 20% (wt/wt) of lignin. 

The DSC curve of the cellulosic fibers presents an 
endothermic peak at 350°C. This peak demonstrates 

is related to thermal degradation of cellulose and 

hemicellulose portion still present in the bleached 
pulp. Comparing the DSC curves between the PP 

and the composite, it can be noticed that both have 

three endothermic peaks. The first endothermic peak 

(below 100° C), moisture loss, was observed in all 
samples. The behavior of the curves of composites 

presents profile and temperature peaks similar to PP. 

There are no significant changes in the melting 
temperature of the PP after the addition of fibers, as 

can be seen in Table 3. However, the melting 

enthalpy has decreased considerably with the 
addition of reinforcement, indicating a decrease of 

crystallinity of the matrix. According to the 

literature, higher load levels would imply on the 

formation of smaller and less perfect crystals, since a 
smaller number of sites of polymeric molecules 

would be gathered and there will be a greater 

number of impediments to their growth, resulting in 

a possible decrease in the degree of crystallinity 
[26]. The observed peaks close to 350°C are related 

to thermal decomposition of cellulose and 

hemicellulose portion, as it could be observed in the 
DSC curve of the fibers. The peak was also observed 

on the decomposition of the matrix (PP), near 

450°C. 

 
 

Tab 3.  DSC results of PP and composites reinforced with cellulose and 

lignin from sugarcane bagasse 

 
 

4 Conclusions 

Results revealed that the route chosen for 

obtaining cellulose was promising, but changes in 

the process must be carried in order to avoid losing 

large amounts of cellulose. At the final of the 
process of obtainment of bleached cellulose, the 

material had a great portion of cellulose and small 

portions of hemicelluloses and lignin. The TG 
curves indicate that the process of decomposition of 

the matrix (PP) occurs in only one stage, while for 

the composites this process occurs in two stages. 
The PP/celulose composite without the addition of 

lignin presented initial decomposition temperature 

smaller than the composites in which lignin was 

used as an additive. The behavior of DSC curves of 
composites presents profile and temperature peaks 

similar to PP. The addition of reinforcement in most 

studied ratios decreased the ΔHmelting of materials, 
indicating a decrease in the matrix cristalinity.  
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1 Introduction  

In recent years, there has been a growing interest in 
the use of syntactic foam [1, 2] for many thermo-
structural applications. They exploit several features 
typical of syntactic foams such as the good thermal 
insulation properties and the high specific 
mechanical properties. Syntactic foams are 
composite materials in which hollow microspheres 
are dispersed in a polymer binder. The hollow 
spheres may be made up of glass, metals, polymers 
or ceramics. The structure of a syntactic foam is 
entirely different from the conventional cellular 
foams like polyurethanes, PVC etc. In syntactic 
foams majority of voids are enclosed within rigid 
walls and therefore isolated from each other and 
hence are called “closed-cell foams”. Syntactic 
foams are essentially isotropic materials due to the 
randomness of the microstructure. 
Otherwise, there is an increased awareness for the 
need to improve fire standards in these areas where 
public safety is important. An approach to 
improving the fire performance of these composites 
is through the use of resins that are less susceptible 
to heat and flame. In this way, the use of phenolic 
syntactic foams seems to be a better compromise of 
mechanical strength, isolation and fire behaviour. 
The phenolic resins are a class of compounds that 
have superior fire and flammability properties 
compared to other thermoset resins such as the 
polyesters and epoxies.  Because of their unique 
chemical structure which primarily comprises C-C 
bonds in aromatic rings, phenolic resins have 
intrinsic resistance to ignition, low generation of 

smoke and relatively low cost [3]. When phenolic 
resin based structures do burn, a porous carbon char 
is rapidly formed, as an effect of the thermal 
degradation reaction, which insulates and protects 
underlying material. Phenolic polymers, 
characterized by high aromatic ring content, 
decompose into aromatic fragments that fuse via 
condensation reactions to produce a high amount of 
char. It is known that 40-60% of the resin mass is 
transformed to char, resulting in a much lower yield 
of flammable volatiles compared to many other 
polymers (epoxy, polyesters). The char acts as a 
thermal insulation layer because the thermal 
conductivity of char can be lower than the 
conductivity of the virgin composite material [4]. 
For example, Fanucci [5] reports that the thermal 
conductivity of solid char at room temperature is 
0.17 W.m-1K-1. Low density and highly porous chars 
tend to provide the best thermal insulation. The char 
layer reduces the conduction of heat to the 
underlying virgin material and thereby slows the 
decomposition reaction of the polymer matrix. An 
additional valuable property derived from the 
phenolic resin is the ability to retain its physical 
properties at high temperatures [4]. Due to their fire 
properties, it might appear reasonable to expect 
phenolic syntactic foam to show good structural 
performance in fire. 
Resole phenolic resins [3] are produced by a 
condensation reaction between phenol and 
formaldehyde. These resins are formed by reacting 
phenol with an excess of formaldehyde (molar ratio 
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P/F > 1) under alkaline conditions (Fig. 1). Typical 
ratios of formaldehyde to phenol used in the 
preparation of resole resins are between 1.5:1.0 and 
3.0:1.0. The mechanisms of the reactions leading to 
the formation of resole phenolic resins have been the 
object of a number of studies. The formation of 
hydroxymethylphenols, the condensation reactions 
of hydroxymethylphenols to form resole precursors 
involving the loss of water, and the effect of pH and 
temperature on these reactions have received 
considerable attention. The chemistry is difficult to 
study as the result of the intractable nature of the 
cured resin. However, the evidence suggests that 
methylene linkages predominate (Fig. 1) although 
the cured resin may have a number of different 
crosslinks. The polymerization and the formation of 
a cross-linked network involve the use of heat and/ 
or a catalyst. 
This paper presents the material behaviour details of 
different systems of phenolic syntactic foams, all 
fabricated with glass microspheres as reinforcement 
but differing in their quantity. Blends of phenolic 
resins with different quantity of glass hollow 
microspheres, cured with acid hardener, were 
characterized, and specifically on their thermal and 
thermomechanical properties, thermal stability and 
fire behaviour. In particular, as mentioned 
previously, one of the roles of the char is to limit 
oxygen diffusion from the boundary layer to the 
bulk to prevent the exothermic degradation reactions 
of the polymeric matrix. Therefore, the mechanical 
characteristics and the physicochemical properties of 
the char are of fundamental importance to ensure 
good quality of an ablative material. Reinforcing 
microspheres may be therefore included in the 
ablative formulation to improve the char stability. 
 
The undamaged materials were characterized in 
order to obtain experimental data on properties of 
phenolic syntactic foams and investigate the effect 
of change in glass hollow microsphere volume 
fraction. In order to determine their thermal and 

thermomechanical properties, an experimental 
programme including Thermo-Gravimetric Analysis 
(TGA) and Differential Scanning Calorimetry (DSC) 
and Dynamic Mechanical Analysis (DMA) was 
conducted. A disadvantage in phenolic resins is that 
they are characterized by a complex process of 
polymerisation (cure) with generation of water, with 
consequent formation of voids [6]. The presence of 
water was revealed by all these techniques and had a 
great influence on properties of phenolic syntactic 
foams. These techniques allowed assessing their 
temperature capabilities, for all of these, their 
thermal stability and their temperature of 
degradation.  
Finally, an experimental investigation into the 
structural performance of resole phenolic syntactic 
foam in fire was performed depending on the 
volume ratio of glass hollow microspheres. In this 
study, the chosen configuration is among the 
toughest: normal propane jet at high flow impacting 
the surface of phenolic materials. The formed char is 
susceptible to rapid removal or cracks by the 
mechanical forces produced as an effect of the 
elevated re-entry speeds, which results in reduction 
of the thermal insulation.  

 
Fig. 1. The phenolic-resole type resin preparation, 
showing an indicative structure. 
 

2 Experimental Procedures 

2.1 Fabrication of Syntactic Foam 
Composites 

Specimens for this research were produced by 
mechanical dispersion of glass hollow microspheres 
S38 from 3M Company, in resole phenolic resins.  
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Table. 1. The properties of S38 glass hollow microspheres as provided by the manufacturer 3M. 
 
The properties of the microspheres are given in 
Table 1. They were processed by varying the volume 
fraction of microspheres: 0% (Phenolic matrix), 30% 
(SF-30%) and 50% (SF-50%). The phenolic based 
systems were cured at ambient temperature in wood 
rectangular moulds covered with silicon paper of 
dimension 345 mm x 315 mm through the careful 
addition of acid catalyst, p-toluene sulfonic acid 
PTSA. Four plates of 3 mm of thickness were made 
for each system. Of these, three were subjected to 
fire test with the remainder used to establish 
undamaged specimen properties. 
The measured densities of the fabricated foam 
samples and the corresponding volume fractions of 
the constituents are presented in Table 2. 
 
 

Table. 2. The density of the unreinforced material and of 
the syntactic foams.  
 
Water is produced as a by-product of the 
condensation cure reaction which causes micropores 
to develop in the phenolic matrix [3, 6], in addition 
to air bubbles induced by mixing, as shown in Fig. 2. 
The pores range in size from about 1 to 10 µm. 
Water is initially present as a solvent (20.4% by 
weight) in the uncured resin and more is formed 
during polymerization. In ambient temperature cure, 
as used in the present work, a significant proportion 
of this water is present as liquid contained within the 
micropores.    
 

2.2 Thermal and Thermomechanical 
Characterizations 

2.2.1 Thermogravimetric Analysis 
A PERKIN ELMER Simultaneous Thermal 
Analyser 6000 was used to study the thermal 
stability of the materials. Thermogravimetry is a 
technique that measures the change in weight of a 
sample as it is heated, cooled or held at constant 
temperature in a defined atmosphere. Runs were 
carried out from room temperature to 950°C at a 
heating rate of 10°C/min under O2 atmosphere (40 
mL/min). 
 

 
Fig. 2. The scanning electron micrograph of the phenolic 
matrix for the unreinforced material showing the 
microporous structure that contains water. 
 
2.2.2 Dynamic Mechanical Analysis 
DMA test is widely used to investigate the structures 
and the viscoelastic behaviour of polymeric and 
composite materials for determining relative 
stiffness and damping characteristics. The dynamic 
mechanical measurements were conducted on DMA 
db50N from METRAVIB. The specimens were 
tested in tension/compression mode at 0.1 Hz 
frequency and 5 µm amplitude. The specimen sizes 

Composition Microsphere size 
distribution (µm, by 
volume at different 
percentiles) 

Effective top 
size (µm) 

Target 
fractional 
survival (%) 

Average true 
particle 
density 
(kg/m3) 

Thermal 
conductivity 
(W/mK) at 
21°C 

Softening 
point (°C) 

10th 50th 90th 

Soda-lime  
(SiO2-CaO-Na2O) 
Borosilicate  
(SiO2-B2O3) 

15 40 75 85 90 % 380 0.127 600 

Sl. No. Id. No. Theoretical 
density 
(g/cm3) 

Measured 
density 
(g/cm3) 

1 Phenolic 
matrix 

1.25-1.30 1.234 

2 SF-30% 0.978 0.901 

3 SF-50% 0.768 0.807 
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were 12.5 mm long x 5 mm wide and 4 mm thick. 
Two consecutive thermal runs were made. A 
temperature ramp of 1°C per minute was maintained 
during the analysis from room temperature to 150°C 
for the 1st run and from room temperature to 250°C 
for the 2nd run before decomposition temperature. 
The viscoelastic parameter such as the storage 
modulus E’/E’initial and the damping factor tan δ 
were plotted with temperature. These values change 
with temperature and different relaxations can be 
seen especially the relaxation α associated with glass 
transition.  
 
2.2.3 Differential Scanning Calorimetry 
The technique DSC, a METTLER TOLEDO DSC 1 
STARe System, was carried from -50°C to 250°C 
before decomposition temperature at a heating of 
10°C/min in inert atmosphere, twice for the same 
material. In the case of thermosets, it is used to 
measure characteristic temperatures as glass 
transition, endotherms and exotherms associated 
with post-curing, evaporation of volatiles and 
degradation and other processes that involve heat 
flow. 
 

2.3 Fire Test 

Fire tests were performed in order to: (i) determine 
the fire properties (fire reaction and fire resistance) 
of the material (ii) assess the improvements on those 
fire properties when using the different systems. 
Three tests for each sample of dimension 300 mm x 
240 mm x 30 mm were carried out using a propane 
flame as a combustive, under high pressure, 4 bars, 
for the effect of ablation in order to examine in a 
first phase the cohesion of the char.  Hot combustion 
gases (> 1000°C) were directed along the normal to 
the specimen. Fig. 3. shows the propane flame test 
apparatus. For each sample, the test consisted in 
following the variations in temperature on the back 
of the specimen using a type K thermocouple and its 
distribution over the entire surface covered by a steel 
plate (3 mm in thickness) using an IR camera FLIR 
SC7600 MWIR. This plate was coating in black to 
enhance the emissivity of the surface.  In addition, 
observations were taken regarding the behaviour of 
the specimens including visible smoking, ignition, 
and charring. The structural performance of the 
materials in fire was quantified by the time-to-

failure. In other words, time-to-failure is the period 
the material can support an applied force during a 
fire event before failing. 
After fire test, the collected sample surface subjected 
to fire and the cross section were studied by 
binocular microscope on OLYMPUS SZ61 and the 
structure of porous carbonaceous residues were 
analysed by Scanning Electron Microscope (SEM) 
on Philips XL 20. It allowed to evaluate the bulk 
degradation of materials by erosion caused by the 
impact of the jet on the surface and the state surface 
(delamination, cracks, failure…). The char was also 
analysed by FTIR (ATR mode) and Raman 
spectroscopies, respectively on PERKIN ELMER 
Spectrum One and HORIBA XploRA, and X-ray 
Diffraction on MOXTEK MXP-D1 in order to 
measure the microstructural and chemical changes 
during a fire exposure. 

Propane flame
(vertical exposure)

Sample holder

Steel plate

Type K thermocouple 

Infrared camera

Sample plate

 
Fig. 3. Schematic of fire test. 
 

3 Results and discussions 

3.1 Thermal and Thermomechanical 
Characterizations 

3.1.1 Thermogravimetric Analysis 
The TGA curves of various studied systems are 
given in Fig. 4. First, this figure shows that the 
behaviour of different systems with the rise of 
temperature and the oxidative environment was 
different but presented for all a multiple-order 
decomposition process. The initial loss in mass 
occurred between room temperature and 300°C. It 
was due mainly to the vaporization of water and loss 
of other volatiles as residual formaldehyde, phenol 
and the catalyst. It can be noted that the phenolic 
resins contained 20.4% by weight free water [4, 7]. 
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Furthermore, the catalyst employed was p-toluene 
sulfonic acid PTSA 65% wt in aqueous solution. The 
boiling temperature of the PTSA, formaldehyde and 
phenol are respectively 140°C, 98°C and 182°C. 
During this stage, the polymer network remained 
largely intact. Above ~ 300°C the second stage 
began, which mainly involved scission reactions 
along the chain, with elimination of some volatile 
by-products [4, 7]. The structure of gaseous products 
released and of degradation residues depended on 
the degradation atmosphere, temperature. In this 
study, the thermal decomposition of the phenolic 
material in an oxidizing atmosphere led to the total 
and rapid destruction of the phenolic networks. As 
confirmed in published data, the degradation 
mechanism of the phenolic network leads primarily 
to the formation of CH4, CO, CO2 and H2O, with the 
absence of cyclic compounds [7]. As the amount of 
resin was different between systems, mass losses 
were more or less important and associated 
temperatures were shifted. The shape of the curves 
shows that the phenomena occurred in lower 
temperatures for the system with more filler. For the 
neat phenolic resin the curve presents a sudden 
decrease in the mass at 500°C. Indeed, at 350 ° C, 
the matrix began to degrade progressively but at 500 
° C, a sharp drop in its mass occurred. Because of 
the lack or the insufficient quantity of reinforcing 
fillers, this material did not resist at gas flow due to 
the vaporization of volatiles and pyrolysis gas. Thus, 
during the test, it exploded with the high internal 
pressures generated by these gaseous products. The 
chamber test was then polluted by the explosion of 
this material. This first approach showed the lower 
structural performance of this system without fillers. 
For the phenolic syntactic foams at 30% and 50% by 
volume of glass hollow microspheres, the different 
stages appeared in the degradative process, the 
material structure was not affected by the 
evaporation of the volatile due to the high volume 
percentage level of glass fillers. Once the 
decomposition was finished, an inorganic solid, 
about 13% by weight for SF-30% and 20% by 
weight for SF-50%, remained. It was 35% and 53% 
by volume of glass hollow microsphere according its 
density. It showed that high reinforced foam 
composites improved thermal stability compared to 
the unreinforced ones.  

 
Fig. 4. The thermogravimetric curves of the three systems 
at a heating rate of 10°C/min under oxygen atmosphere. 
 
3.1.2 Dynamic Mechanical Analysis 
For the first run, the plots of the storage modulus 
(E’/E’initial) and the damping factor tan δ, versus 
temperature for the three systems are shown in Fig. 
5. The magnitude of E’ began to decrease from 
about 60°C, which is related to a primary relaxation 
associated to the glass transition. However, this 
variation was not complete because of the 
appearance of two phenomena. Once the material 
was heated through this transition, the post-curing 
and the loss of volatiles (water, formaldehyde) 
occurred which led to the stabilization and/or the 
increase of the storage modulus. Upon post-curing, 
phenolic materials continued to crosslink due to the 
presence of active sites available even after they 
were cured at ambient temperature. Thus, the 
decrease in the storage modulus in the transition 
region associated with glass transition was shifted to 
a higher temperature, about 120°C. This decrease 
occurred within a large temperature range, because it 
was disturbed by different phenomena, such as the 
polymerization, departure of the plasticizer solvent 
(water, formaldehyde). Indeed, plasticizers work by 
embedding themselves between the chains of 
polymers, spacing them apart, significantly lowering 
the primary relaxation α temperature associated with 
the glass transition. The reduction in modulus with 
increasing temperature was much lower with 
increasing hollow glass microsphere volume 
fraction. It was explained by the difference in the 
amount of the matrix phase compared to 
unreinforced resin as glass microspheres do not 
undergo any transition in this temperature range. 
For the second run, the plots of the storage modulus 
(E’/E’initial) and the damping factor tan δ, versus 
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temperature for the three systems are shown in Fig. 
6. The decrease in the modulus linked to the primary 
relaxation α region was shifted to higher 
temperatures, about 150°C. Moreover, the amplitude 
of the storage modulus loss associated with this 
transition was lower than in previous case because 
of higher crosslinking rate even in the case of neat 
matrix. Therefore, these materials exhibited enough 
high modulus at high temperature, especially for 
reinforced systems due to the presence of glass 
fillers as mentioned previously [8].  

 
Fig. 5. The DMA curves of the three systems at a heating 
rate of 1°C/min for the 1st run. 
 

 
Fig .6. The DMA curves of the three systems at a heating 
rate of 1°C/min for the 2nd  run. 
 
3.1.3 Differential Scanning Calorimetry 
All cured materials were analysed by DSC using two 
consecutive thermal runs, representing by run (1) 
and run (2) in Fig. 7. For each cured material, the 
following phenomena were noted for the 1st run: 
- In the range of -15 to 5°C, there was an endotherm 
except in the case of the system SF-50%. It could 
have resulted from the melting of residual water and 
the catalyst PTSA. 
- Two phenomena were present from about 20 to 
150°C, range changing more or less depending on 

system: a large endotherm followed and 
superimposed with an exotherm. The endotherm was 
related to a considerable vaporization of water and 
loss of other volatiles as residual formaldehyde and 
the catalyst PTSA. The large exotherm occurring at 
the same time with the release of water endotherm 
was linked to the residual polymerisation [9].  
- No glass transitions were observed. 
For each cured material, the following phenomena 
were noted for the 2nd run: 
- The endotherms and exotherms of the 1st run 
disappeared in the 2nd run, meaning that the resin 
was totally cross-linked and the material was 
completely dried. 
- Also, no glass transitions were observed. It is be 
noted that the glass transition is difficult to identify 
by DSC. 
These results were consistent with DMA analyses. 
 

 
Fig. 7. The DSC curves of the three systems at a heating 
rate of 10°C/min. 
 

3.2 Fire Test 

3.2.1 Fire behaviour 
Depending on the amount of microspheres, the fire 
behaviour was very different. This test showed the 
importance of incorporating glass hollow 
microspheres for good structural performance in fire. 
Under a high velocity fluid stream, the unreinforced 
phenolic material did not have time to form a 
protective char. Its surface was continuously ablated 
leading to a complete perforation through the 
thickness after five minutes of exposure to the flame 
as shown in Fig. 8. Due to the absence of 
reinforcement, the neat matrix showed no 
mechanical resistance to the high gas flux, causing 
to the loss and the consumption of the material itself. 
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After five minutes there was a formation of a hole 
and the temperature on the back of the specimen was 
the temperature of the propane flame (Fig. 9). 
Before the failure, no temperature rise was observed. 

 
Fig. 8. The front face of the plate of the material without 
microspheres after fire test. 
 

 
Fig. 9.  The variations in temperature on the back of the 
specimen for the three systems. 
 
For both syntactic foams, burning is more 
progressive because of their easily and quasi-
instantaneous charring when exposed to the flame. 
Thus, for several long minutes, no ablation of the 
surface occurred but its strength was compromised 
with the appearance of micro-cracks on the surface. 
During the test, the coalescence of these micro-
cracks led to long cracks resulting in failure of the 
specimen. Fig. 10. shows the different macro-cracks 
of the two syntactic foams appearing during the fire 
test. For the specimen SF-30%, after 40 seconds, 
many cracks appeared on the edges of the plate, the 
spacing became larger during the test. This was due 
to pre-existing small cracks and micro-pores before 
the tests which were accentuated by the sudden 
drying. Indeed, the centre of the plate subjected by 

the flame did not present such cracks until after 
about 13 minutes. These cracks were decisive 
because after about 17 minutes, loud ‘bangs’ might 
be heard as sudden delamination between the char 
and the virgin material and departure of material 
occurred. The test was stopped before the formation 
of a hole but some explosion continued despite the 
absence of the flame leading a complete perforation 
due to a continuous release of volatile gases. Indeed, 
the delamination between the char layer /underlying 
undegraded composite occurred due to the 
difference in their thermal expansion coefficient. As 
explained below, the interface was also very brittle 
due to vertical and very close cracks of the char 
throughout its all thickness. These two phenomena 
could cause layers to fall off, thereby exposing 
uncharred material to fire. For the specimen SF-
50%, no large cracks appeared until about 23 
minutes causing the failure for the overall structure 
of the plate. During the tests, the time-of-failure 
became longer for syntactic foam with 50% by 
volume of microspheres. For both syntactic foams, 
other specimen presented a shorter time-of-failure 
with 6 min for SF-30% and 16 min for SF-50%. 
Cracks appeared very quickly because the presence 
of initial macro-cracks occurred just after processing 
at the edge of the samples. Fig. 9. shows that for 
both composites, the failure caused a sudden 
increase of the temperature on the back of the 
specimen. However, the insulation property is 
highlighted with a low temperature rise up to 100°C 
maximum before the failure of the composites. 
Moreover, during the test, all syntactic foam samples 
showed a loss of water droplets. This phenomenon 
could have a ‘cooling’ effect on heat conduction. 
The presence of fillers allowed maintaining the 
mechanical strength of the char. The formation of 
cracks led to failure of the specimen but the high 
amount of glass hollow microspheres could better 
delay the propagation of cracks because they were 
stabilized by the microspheres. On the other hand, 
with few microspheres, the matrix phase was more 
important and thus favouring the propagation of 
cracks which weakened the char. Moreover, the pre-
existing cracks whatever the system can lead 
precociously to the fracture of syntactic foam. 
Despite the phenolic syntactic foam having better 
thermal stability and fire reaction properties, the fire 
tests revealed that it is not sufficient for structural 
performance in fire. The macro and micro cracks 
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weaken the char and their reduction is necessary to 
improve the material resistance to high gas flux. 
Delamination between char layers /composite could 
be expected to have a significant effect on fire 
behaviour due to the formation of unbounded 
interfaces. The char must adhere strongly to the 
underlying composite; otherwise it can flake off and 
expose virgin material directly to the fire.  
 

       
                 (a)                                         (b) 
Fig. 10. The front face of the plate of the syntactic foams 
(a) with 30% by volume of microspheres SF-30% (b) with 
50% by volume of microspheres SF-50%. 
 
3.2.2 Morphology of the char 
Fig. 11. (a)  shows the surface of the char after fire 
test. The surface was cracked through the entire 
thickness of the char as shown in Fig. 11. (b). 
Vertical cracks had a well-defined shape; they were 
all on the axis of incident flame. Indeed, the fire 
conduction was higher at crack location. The width 
crack was between 250 and 400 µm.  
The material under conditions of high temperature 
underwent major structural and thermochemical 
transformations. A number of studies attempted to 
describe and model the phenomena related to 
pyrolysis and the structural response of phenolic 
matrix composites exposed to fire [4, 10]. Analysing 
the thermal strains is more complicated once the 
matrix starts to decompose because the composite 
expands and contracts at different temperatures as it 
undergoes various phase change. Different stages 
can be discerned: 
Stage I: Linear thermal expansion 
Stage II: Expansion due to pyrolysis, volatiles and 
vaporization of water 
Stage III: Contraction due to sudden drying and char 
formation 

Stage IV: Contraction due to depletion of char and 
glass/char reactions 
The stage II was illustrated on Fig. 12. The 
unreinforced phenolic material did not have time to 
form char. The top surface looked like the texture of 
an orange peel. Under the effect of heat, a high 
internal pressures, due to the formation of volatile 
gases and vaporization of water, led to the formation 
of polymer matrix ‘bubbles’ swelling. This 
phenomenon led to the formation of micro-cracks 
which by propagation joined and caused a 
wrenching of material hence this aspect of ‘orange 
peel’. 
Therefore, the cracking was due to the internal 
pressure rise, thermally-induced strains caused by 
thermal expansion and contraction, adding that 
others imperfections such pre-existing cracks 
appearing during the cure. Thus a discontinuous char 
structure containing cracks provided a pathway for 
the escape of flammable volatiles into the flame, and 
thereby reduced the effectiveness of the char layer to 
provide fire protection. 
 

        
                 (a)                                               (b) 
Fig. 11. The binocular analyses of (a) the surface of the 
upper layer (b) the cross-section of the char, of the 
syntactic foam filled with 30% by volume of 
microspheres after fire test. 
 

 
Fig. 12. The scanning electron micrograph of the top 
surface of the unreinforced phenolic material. 
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Fig. 13. shows the surface of the upper layer of the 
syntactic foam filled with 30% by volume of 
microspheres before and after fire test. The 
undamaged syntactic foam presents some 
micropores due to the presence of the water. The 
pores ranged in size from about 1 to 10 µm. After 
fire test, two changes were observed on a 
microscopic scale. First, the degraded matrix that 
was the char was very porous. The pores formed 
evacuation pathway of pyrolysis gases. They could 
also cause structural damage by producing weak and 
brittle char with formation of cracks. During the 
heating of the material, the pores initiated, grew and 
coalesced under the high internal pressures exerted 
by decomposition gases. The density of the char 
showed a lightweight character with 0.629 and 0.581 
g/cm3 for respectively the systems SF-30% and SF-
50%. Secondly, despite the fact that some 
microspheres were broken or removed, the 
microspheres were well held in the impact of the 
flame. They were also deformed under the effect of 
heat. According to the supplier 3M, the softening 
point of glass microspheres is 600°C. Also, Fig. 14. 
presents the aspect of the char at the vertical crack, 
of the syntactic foam filled with 50% by volume of 
microspheres after fire test. Most microspheres were 
present and were not damaged. The structural 
integrity of this carbonaceous layer seemed to be 
maintained by the contribution of the microspheres. 

 
(a) 

 
(b) 

Fig. 13. The scanning electron micrographs of the surface 
of the upper layer of the syntactic foam filled with 30% 
by volume of microspheres (a) before fire test, (b) after 
fire test. 
 

 
Fig. 14. The scanning electron micrograph of the vertical 
crack of the char, of the syntactic foam filled with 50% by 
volume of microspheres after fire test. 
 
Fig. 15. presents a through-thickness of phenolic 
syntactic foams exposed to one-sided heating in a 
fire after test. Four different layers were observed. 
Indeed, the thermal gradient which is established in 
the thickness induced a transformation sequence, 
represented by different layers, whose boundaries 
changed very rapidly [4, 11]. Four formed zones 
could be highlighted: 
(i) The porous char layer represents the 
thermomechanical degradation of the phenolic 
matrix in porous carbonaceous material 
(ii) The decomposition zone is the region where the 
polymer matrix was heated to above the 
decomposition reaction temperature but below the 
char formation temperature. In this region the matrix 
was partially degraded, usually by scission of the 
chains into high molecular weight fragments that 
were too heavy to vaporize. However, the 
decomposition process was not complete and 
therefore the matrix had not been reduced to char 
and combustion gases. 
(iii) The drying-out and post-cured layer was formed 
by the removal of water initially present and water 
released by the end of the polycondensation of the 
resin. 
(iv) The virgin material was not affected by the fire 
because the temperature was too low to cause any 
softening or decomposition of the matrix. The 
maximum temperature of the lower side of the plates 
during the test before failure was about 100°C. 
However, slight post-curing likely took place. 
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Fig. 15. The binocular analysis of a section of a fire-
damaged syntactic foam (SF-30%) showing the 
distribution of fire damage through the thickness. 
 
Finally, the processes that occurred when a phenolic 
syntactic foam is exposed to high heat flux are 
summarized in Table. 3.  
 

Table. 3. Summary of the main processes when a phenolic 
syntactic foam is exposed to fire 
 
3.2.2 ATR Spectral Analysis 
ATR spectra of the chars from syntactic foams and 
glass hollow microspheres shown in Fig. 16. are 
broadly similar one another. They showed three 
peaks, typical of the composition of the soda-lime-
borosilicate microspheres: very intense band at 1050 
cm-1 due to asymmetric stretching of the Si-O-Si 
chain, weaker symmetric band at 820 cm-1 
corresponding of the Si-O-Si chain, and weak broad 
absorption at 1400 cm-1 for the stretching vibration 
of the B-O linkages [12]. For chars, no bands of 
cured resole phenolic resins were observed, for 
instance OH stretching of phenolic ring and 
methylol group at 3375 cm-1 or C-O stretching of 

dimethylene ether bridge at 1220 cm-1 [3], as shown 
in the spectrum relative to the matrix without glass 
microspheres. 

 
Fig. 16. The ATR spectra of the phenolic matrix, the glass 
hollow microspheres S38 (3M) and the char from the two 
syntactic foams (SF-30%, SF-50%). 
 
3.2.3 XRD Analysis 
Fig. 17. shows the XRD patterns of the phenolic 
matrix, glass hollow microspheres S38 (3M) and the 
char from the two syntactic foams (SF-30%, SF-
50%) in order to study the morphology of the char 
formed during fire tests. First, the cured resin 
presented a broad maximum peak at 2Ɵ ≈ 20.5°, 
which was due to adjacent chains of linear polymer. 
This peak disappeared completely for the char with 
high heat exposure. The diffraction pattern of glass 
microspheres confirms that the Soda-lime-
Borosilicate glass beads are fully amorphous and 
contain no crystalline silica (cristobalite, quartz), 
with a broad maximum peak at 2Ɵ ≈ 13°.  For both 
chars, the XRD patterns revealed the formation of 
graphitic carbon, which is confirmed by the 
appearance of two sharp peaks at 2Ɵ = 21.5° and 2Ɵ 
= 24° [13]. This reflection is superimposed on a 
broad band, which denotes the presence of a fraction 
of amorphous carbon and the presence of hollow 
glass microspheres. The phenomena of 
carbonization and graphitization occurred during fire 
exposure. 

Anisotropic heat conduction through virgin material and 
char 
Thermal expansion/contraction 
Decomposition of polymer matrix 
Pressure rise due to formation of combustion gases and 
vaporization of moisture 
Flow of gases from the reaction zone through the char zone 
Flow of gases into the virgin composite 
Thermally-induced strains 
Formation of micro- and macro-cracks in the char 
Formation of delamination between layers char/underlying 
undegraded composite 
Softening of hollow glass microspheres 
Ablation 
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Fig. 17. The XRD patterns of the phenolic matrix, the 
glass hollow microspheres S38 (3M) and the char from 
the two syntactic foams (SF-30%, SF-50%). 
 
3.2.4 Raman Spectra Analysis 
Fig. 18. shows the Raman spectra of the phenolic 
matrix, glass hollow microspheres S38 (3M) and the 
char from the two syntactic foams (SF-30%, SF-
50%). These spectra showed the chemical changes 
occurring during the degradation of the phenolic 
matrix of both syntactic foam represented by the 
char, after fire tests. First, the phenolic matrix 
showed broad bands, characteristics of the polymeric 
structure of a cured phenolic resin. For the hollow 
glass microspheres, four narrow peaks could be 
distinguished associated with oxide glass (Table. 1. 
Soda-lime and borosilicate glass): the 2500 and 460 
cm-1 strong bands and the 1540 and 1470 cm-1 weak 
bands. In particular, the 460 cm-1 band was the basic 
band in glass with B2O3, due to symmetrical 
stretching and partially deformation vibrations of Si-
O-Si bridges. At the surface of the char for both 
syntactic foams after fire tests, the original cured 
resin structures disappeared completely, showing the 
total carbonization of the phenolic matrix. The bands 
associated to glass microspheres were present, 
because of the presence of the microspheres in the 
char after fire tests, as explained above. It can be 
observed that the spectrum of each char shows two 
strong wide peaks centred around 1355 and 1600 
cm-1, characteristics of a carbonaceous structure. The 
peak located to 1355 cm-1 call D band was due to a 
disordered (amorphous) structure in the carbon 
whereas the peak at 1600 cm-1 called G band was 
due to a graphitic structure. The differences in the 
bands between ordered and disordered carbon-
carbon structures show the carbonization and 
graphitization of the phenolic matrix [13, 14]. 

 
Fig. 18. The Raman spectra of the phenolic matrix, glass 
hollow microspheres S38 (3M) and the char from the two 
syntactic foams (SF-30%, SF-50%). 
 

Conclusion 

Unreinforced phenolic materials and phenolic 
syntactic foams were ‘living’ materials with 
increasing temperature, with the combination of two 
phenomena: vaporization of water and other 
volatiles, and post-curing. They were not completely 
cured. High reinforced foam composites improved 
thermal stability compared to the unreinforced ones. 
Moreover, these materials exhibited enough high 
modulus at high temperature, especially for 
reinforced systems due to the presence of glass 
microspheres. 
 
Syntactic foams presented a mechanical advantage 
compared to unreinforced material under the impact 
of a high flux of flame. The formation of the char 
could help retain the structural integrity of a fire-
damaged composite by holding the microspheres in 
place after the polymer matrix has been degraded. 
The neat phenolic matrix underwent only wrenching 
of material. However, the presence of pre-existing 
cracks and the cracks weaken the char leading 
precociously to the fracture of the syntactic foam. 
They could also lead to a delamination between char 
layers/underlying undegraded composite. Due to this 
phenomenon, the char could flake off and exposed 
virgin material directly to the fire. The presence of 
water can be both an advantage and a disadvantage 
for the structural integrity of composites.  It can be 
expected to have a ‘cooling’ effect on heat 
conduction but under the effect of heat, a high 
internal pressure, due to the vaporization of water, 
led to the formation of micropores and cracks. 
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Thus, despite the phenolic syntactic foam having 
better thermal stability and fire reaction properties, 
these defects reduced the high structural 
performance of syntactic foam in fire.  
Finally, char is a highly porous material that can 
consist of crystalline (ie. graphitic) and amorphous 
regions. At high temperature (≥ 1000°C), the 
carbonization and the graphitization of the phenolic 
matrix occurred. 
Post-fire mechanical properties could be 
investigated. 
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1 Introduction  
Structures made from fibre- or textile-reinforced 
composites are gaining in importance over the past 
years. To utilize the large lightweight potential of 
this group of materials, it is indispensable to pro-
vide adapted calculation concepts and tools for the 
analysis of critical areas such as the stress concen-
trations in the vicinity of cut-outs. Since holes in 
composites can often be considered as design driv-
ers for the whole construction, an analytical method 
for the stress concentration analysis for multilay-
ered anisotropic plates has been developed [1, 2] 
which can help the design engineer to take such 
critical areas into consideration already in an early 
state of the design process.  
For the verification of this method and its imple-
mentation, besides the comparison with numerical 
results, a number of experimental investigations 
have been carried out, using adapted measurement 
methods for large deflections and a newly devel-
oped test rig for in-plane compression loading. 

2 Analytical calculation methods 

The latest development of the analytical calculation 
method (see also [1, 2]) takes into account both a 
finite outer boundary – which is necessary to apply 
non-constant outer loadings – and the effects of ex-
tension-bending-coupling – which may occur when 
using unsymmetrical composites. The calculation 
model is based on the assumptions of linear elastic-
ity, small deformation gradients and a plane stress 
state so that the classical laminate theory (CLT) can 
be applied. In this case the behavior of the compos-
ite is described by the well known structural law of 
the CLT: 
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(1)

with 
 
Ni, Mi : force and moment resultants, 

Aij, Bij, Dij :  extensional, extension-bending- 
(i,j = 1, 2, 6) coupling, bending stiffness, 

0
i , 0

j , κk :  distortions and curvatures of 
 neutral plane. 
 
Starting with these fundamental assumptions, the 
method of complex-valued potential functions in 
combination with conformal mappings and the 
method of boundary collocation on the finite outer 
boundary are used to express the stress, displace-
ment and strain fields in the whole finite plate with 
circular or elliptical cut-out by four analytical func-
tions. The following ansatz is chosen for the solu-
tion of the derived system of three coupled partial 
differential equations which is transformed into one 
differential equation of order eight in w0:  
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and eight complex parameters pk, qk ϵ ℂ.  
 
For the consideration of the boundary conditions 
and the loads on the inner and outer plate boundary, 
the actual stress state is decomposed using the su-
perposition principle (Fig. 1) in the following way:  
 

I: a finite, unnotched plate loaded on the outer 
edge 

II: a finite notched plate loaded at the edge of the 
notch, whereby with superposition of I and II 
an overall unloaded notch edge results, 

III: a finite notched plate with a loaded notch edge 
according to the given original boundary condi-
tions. 

 

 
Fig. 1.  Decomposition of the coupled membrane-

bending problem by principle of superposition 
 

Finally, the coefficients of the principal and the 
regular part of the LAURENT series representations 
of the analytical functions are determined by devel-
opment of the boundary conditions into LAURENT 
series on the inner boundary, a comparison of coef-
ficients on the inner boundary, analytical continua-
tion of the potential functions onto the whole area 

of the notched plate and using a combination of 
boundary collocation method and least squares 
method for fulfilling the boundary conditions on the 
outer boundary (see also [3-5] for more in-depth 
information about the historical and theoretical 
background).  
 
The developed calculation method allows – within 
the limitations of the CLT – a layer-by-layer analy-
sis of the whole stress-strain-displacement field in a 
notched multi-layered composite (MLC).  
It has been implemented in an easy-to-use software 
tool and is to be further verified by extensive ex-
perimental and numerical investigations in the on-
going research. 
While the analytically based calculation tool offers 
high potential for an in-depth theoretical insight 
into the complex behavior of composites in the vi-
cinity of cut-outs, the long-term is as well to use the 
method in the sense of an analytical sub model e.g. 
in combination with a Finite Element Analysis 
(FEA) System. 

3 Experimental and numerical validation 

In extensive parameter studies the developed ana-
lytically based calculation tool is validated by com-
parison with numerically and experimentally gained 
results. Therefore, investigations were carried out 
on composite specimens made of multilayer weft 
knitted fabrics with thermoplastic polymer matrix 
within the subproject B2 of the collaborative re-
search centre SFB 639. From [5, 6] as well as from 
preliminary tests, it is known that geometrical ratios 
concerning length or width depending on e. g. the 
notch size have to be met when dimensioning the 
specimen. The geometric and material properties of 
the standard specimens chosen for the validation are 
shown in Table 1.  
 
The numerical simulations are carried out using the 
finite element (FE) system ANSYS 14.0. The four-
node element type SHELL181 is applied for the 
plate models with cut-out in the present study. 
 
For the experimental strain analysis presented here, 
the optical measurement system ARAMIS (GOM 
mbH, Braunschweig, Germany) is used. This 3D 
image correlation technique provides the non-
contact measurement of specimens with arbitrary 
geometries and materials. The strain measuring ac-
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curacy of the applied ARAMIS 5M system configu-
ration is 0.01 %. Further information to the back-
ground of the measurement system can be found in 
[7]. 
 
Tab. 1.  Data of the investigated specimen 
Geometry of specimens 
Length 
Width 
Thickness 
Diameter of central cut-out 

800 mm 
150, 120, 80, 60 mm 
2.16 mm 
30 mm 

Composite set-up 
Material 
 
Stacking sequence 

Multilayer weft knitted 
fabrics (MLG) V1a 
[0/90]s 

Material properties of single bi-directionally knitted 
fabrics made of reinforced lamina from hybrid glass-
fibre-polypropylene yarn 
E1 
E2 
G12 
ν12 

21.5 GPa 
20.7 GPa 
1.86 GPa 
0.13 

 
For the validation the gained results of the decay 
behavior of the analytical, numerical and experi-
mental strains were determined and compared at 
radial sections in x-, (0°-) and y-, (90°-) direction at 
the maximum chosen testing force and the maxi-
mum given displacement respectively.                                               

3.1 Findings from former investigations  

Former tensile tests 
In [1, 2] first analytical, numerical and experimental 
validation studies concerning notched specimens 
under tensile load were already presented, the 
achieved results will be summarized here only 
shortly.  
 
In the numerical studies the following examinations 
on the influence of the specimen geometry, the 
boundary conditions and loads on the results were 
carried out. 
 

 Variation of specimen width and length 
 Variation of plate orientation with respect 

to the cut-out (chosen case: elliptic cut-out) 
 Use of locally varying boundary loads 
 

To sum up the result, a good correlation of the ana-
lytically and numerically calculated results was ob-
served. Within the investigations, an improvement 

of the settings of the analytical model concerning 
the used boundary collocation method was also 
achieved. 
 
Preliminary studies to compression and flexure 
tests 
In preliminary experimental and numerical investi-
gations, it turned out that especially if dealing with 
locally high strain gradients, as they occur in the 
case of loaded composites with cut-outs, the avail-
able testing devices e.g. for flexure or in-plane com-
pression have large deficits. The here investigated 
thin walled notched specimens made of fibre-
reinforced multilayered composites need to have a 
certain length to avoid undesired influences on the 
results caused by the chosen method of load intro-
duction [5]. For that reason, these specimens used 
in conventional experimental set-ups, cannot be 
loaded by a pure flexural moment in standard flex-
ure testing devices and they tend to buckle already 
at very low compressive loads in standard compres-
sion testing devices respectively.  
However, no suited test devices were found by the 
authors, to analyze specimens with practically rele-
vant dimensions. To overcome this shortcoming, 
new testing and measurement technologies had to 
be developed.  

3.2 Validation at in-plane compression 

The known devices for the examination of thin-
walled specimens under in-plane compression load-
ing (e. g. [6, 8, 9]) are not suited for the aim of ana-
lyzing the strain behavior of structures with cut-
outs. The suggested gauge length dimensions are 
often too short for the investigation of structures 
with given notch diameters. The principles of the 
testing devices which allow the examination of lar-
ger specimens are based on specimen support. 
However, it is assumed that these offer too much 
friction loss, caused by sliding friction of the fric-
tion combination steel/plastic intensified by a re-
sulting transverse strain.  
 
Investigations for a novel in-plane compression 
testing device 
A better solution for the in-plane compression test 
of plane thin walled composites with large length 
and width dimensions including the possibility to 
define an adjustable measuring field is introduced 
in [10]. Here the construction and functionality of a 
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novel testing device is described. Several investiga-
tions as well as the applicability for the experimen-
tal stress-strain concentration analysis of multilayer 
textile composites under in-plane compressive load 
are presented exemplarily.   
 
The main aspects of the novel testing device will be 
explained here only shortly, for more in-depth in-
formation see [10]. 
Starting on the assumption that the standard speci-
men with its large length of 800 mm (see also Ta-
ble 1) would tend to buckle under in-plane com-
pressive load, the aim is to shorten the free length 
of the specimen by supporting the plate locally and 
therewith to increase the critical compressive force. 
In numerical investigations on the plate structure 
with cut-out, the buckling behavior is studied. Ini-
tially the unsupported specimen is simulated having 
boundary conditions comparable to the EULER 
buckling case 2 at a free specimen length of 
800 mm. It shows a stability failure at an in-plane 
compression load of Fx=40.5 N (see Fig. 2). 
 

 
Fig. 2.  First buckling mode of the unsupported standard 

specimen at a critical compressive force of 
Fx=40.5 N 

 
Further simulations confirm that the critical com-
pressive force can be raised systematically by sup-
porting the specimen with locally arranged support-
ing elements. Therefore low-friction support ele-
ments, e.g. analogous to ball bearings, were chosen 
and introduced by a contact formulation in the 
analysis.   

To ensure well measurable strain fields for the ex-
perimental investigations, a load of about 
Fx=4.0 kN in axial direction is chosen as rough tar-
get. This maximum compressive force to be applied 
is comparable to that used in former tensile tests 
and is supposed to cause no inelastic material be-
havior in the specimen. The load application at the 
current development status is realized by inducing 
the compressive force to the specimen with 
mounted load application adapters simulated here 
by coupling the nodes of the plate model at that ac-
cording region (that means a resulting free speci-
men length of 700 mm). More details to the model 
and the defined arrangement of the supporting bear-
ings respectively are provided in Fig. 3 and Table 2. 
 

 
Fig. 3. Arrangement of supporting bearings and load 

application adapters for in-plane compression 
loading of thin-walled specimen with cut-out 
[10] 

 
Tab. 2.  Selected data of the simulation model, setup in 

ANSYS 14.0 
Summary to finite element model 
Number of elements 
Number of nodes 

38972 
25002 

Element types 
Plate element type 
Plate contact type 
Bearing contact type 

SHELL181 
CONTA173 
TARGE170 

Geometrical data of supporting bearings 
Bearing diameter 
Contacting bearing width 

35 mm 
6.5 mm 

Adjustment of supporting bearings 

x-distance of bearings 
x-distance of bearings  
at measurement region 
y-distance of bearings 

60 mm 
 
55 mm 
52.5 mm 

 
The first characteristic buckling mode is simulated 
and a critical compressive force of Fx=4.5 kN is 
identified (displayed in Fig. 4). The instability oc-
curs outside the measurement region at the load 
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introduction area, which is seen as an advantage for 
avoiding undesired influence of the testing device 
to the measurement.  
 

 
Fig. 4.  First buckling mode of the supported standard 

specimen at a critical compressive force of 
Fx=4.5 kN 

 
Numerical determination of the strain decay be-
haviour 
For the numerical validation of the analytical calcu-
lation method the simulation model of the notched 
plate structure taken for the development of the 
novel type of compression testing device is used. 
Therefore, analogous to the experimental investiga-
tions in the following, the influence of varying 
specimen width on the strain results under in-plane 
compressive load is numerically simulated. The 
composite plates with cut-outs are loaded with axial 
compressive forces Fx as displayed in Table 3 so 
that for all specimens the stress in the undisturbed 
region is equal to σx=11.575 MPa.  
 
Tab. 3.  Specimen and load parameters for stress con-

centration analysis under in-plane compressive 
load 

Specimen width [mm] 60 80 120 150 

Compressive force [kN] 1.5 2.0 3.0 3.75 

Ratio force/unnotched width 
[N/mm] 

25 25 25 25 

Ratio force/notched width 
[N/mm] 

50 40 33.3 31.25

The strain decay behavior is compared to analogous 
models analyzed with the developed analytically 
based calculation tool. The resulting strains are dis-
played in Fig. 5. 
The principle decay behavior corresponds very 
well, small deviations can be observed for large 
length/width ratios (larger than 6:1).  
 

 
Fig. 5.  Comparison of analytically calculated and nu-

merically determined strains along the 0°- and 
90°-radian at specimens with varying width and 
a constant free length of 700 mm 

 
Experimental determination of the strain decay 
behaviour 
For the realization of in-plane compression tests 
with thin-walled notched plate structures, the ap-
propriate novel testing device is designed and built, 
based on the gained experiences of the finite ele-
ment analysis [11]. The first prototype is set up us-
ing commercially available components. It features 
a modular setup with ball bearings between distance 
pieces on a solid axle at a molded frame. In first try 
outs, the simulated critical compressive force as 
well as the principle of the instability behavior were 
verified. 
In a further development to the work of [10] the 
load application adapters are removed from the 
specimen. Instead adapters with guide slots are 
mounted to the compression platens of the testing 
machine. Therewith the specimens can be inserted 
easier and faster from the side. According to the 
previous simulations the distances of the supporting 
bearings were considered as upper limits. 
Specimens of 80 mm to 150 mm width were exam-
ined with the present set-up of the novel testing de-
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vice for in-plane compressive loads. The strain 
analysis is carried out at the central measuring field 
within the modular construction of the testing de-
vice. In load steps of 50 N the strains in x- and y-
direction are determined (see example in Fig. 6).  
In Fig. 7 the analytical and experimental results are 
compared. The principle behavior of the measured 
strains is consistent with those of the calculation. 
As expected and already experienced in former 
studies, the resolution of the steep strain gradients 
may be limited depending on the used size of the 
measuring area.  
 

 
Fig. 6.  Result of the measured decay behavior of the εx-

strain of a 150 mm width specimen under an in-
plane compressive force of Fx=3.75 kN 

 
 

 
Fig. 7.  Comparison of analytically calculated and ex-

perimentally measured strains along the 0°- and 
90°-radian at specimens with varying width and 
a constant free length of 800 mm 

 

3.3 Validation for bending load causing large 
deflections 

Due to the presently investigated large size of the 
thin-walled composite plates with cut-out, only 
small strains at large deflections are reached under 
flexural loading.  
 
Numerical pilot survey and simulation of the 
strain decay behaviour 
The results of calculated and simulated flexural 
load cases at a chosen off-plane deformation of 
120 mm are displayed in Fig. 8 for varying speci-
men width. In previously simulations and tests, this 
deformation was proven to induce strains well 
above the reachable strain measuring accuracy of 
the used optical measuring system. For the verifica-
tion of the analytical model (based on the 
KIRCHHOFF-LOVE plate theory) the values of the 
transverse shear stiffness of the used shell elements 
(based on the MINDLIN-REISSNER plate theory) 
were raised in the FE-study (see also [5]). The dif-
ference to results gained without adjusted transverse 
shear stiffness is observable especially for the εy-
strains on the 90°-radiant near the edge of the notch 
but it is only small.  
 

 
Fig. 8.  Comparison of analytically calculated and nu-

merically determined strains along the 0°- and 
90°-radian at specimens with varying width and 
a constant length of 800 mm  

 
Evaluation and selection of a suited flexural test-
ing device 
Conventional testing methods for the determination 
of flexural properties of materials and structures are 
not suited for the requirements of strain analysis of 
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notched thin-walled composite structures under 
large deflections. The three-point and four-point 
loading principles suggested in relevant nondestruc-
tive testing standards have been established for in-
vestigations on bending properties of fiber-
reinforced polymer plate structures [see e.g. 12]. 
Due to the small thickness in relation to length and 
width, the specimens undergo large deflections al-
ready at small flexural strains. That is why common 
testing devices induce additional lateral and longi-
tudinal forces in the specimen, also caused by the 
arrangement of the anvils of the flexure fixture 
working not frictionless. These combined load 
cases are not suited very well for the validation of 
the developed calculation methods because the in 
reality occurring boundary conditions are hard to 
define as input data for analytical and numerical 
calculation. 
The in prior projects at the Institute of Lightweight 
Engineering and Polymer Technology (ILK) devel-
oped concept from [13] of a flexural testing device 
free of lateral and longitudinal force is better suited 
for the demands and is adaptable to the present 
specimen geometries. The flexural moment is in-
duced to the specimen by rotation of the plate 
boundaries, induced by a hydraulic actuator and a 
special mechanism of the testing device. The com-
pensation of the longitudinal force is realized by a 
moveable specimen bearing on one-side. In conse-
quence, the region of the notch can move longitudi-
nally as well as laterally while inducing the flexural 
moment (see also Fig. 9).  
 
 

 
Fig. 9.  Scheme of a flexural test device for large deflec-

tion free of lateral and longitudinal force [13] 
 
Setup of the optical measurement system 
Because of the large deflection of the measuring 
area, the user has to pay special attention that the 
measuring area stays in the viewing range of the 
cameras. Furthermore, the optical system for the 
investigation of the global displacement and distor-

tional behavior has to be set-up in such a way, that 
the depth of the optical sharpness is larger than the 
flexural deformation in the off-plane direction, to 
ensure an undisturbed measurement process. In 
consequence, small details of the results as the steep 
strain gradients near the edge of the cut-out cannot 
be determined detailed.  
The used test set-up is shown in Fig. 10. 
 

 
Fig. 10.  Flexural test with test device free of lateral and 

longitudinal force with optical strain analysis 
with measurement system ARAMIS 

 
The appliance of “smaller” measuring fields 
would allow the determination of more detailed 
results. However, it has to be considered that 
smaller measuring field sizes get an increased 
relative displacement on the result image. That 
is why the optical system often reaches the 
boundaries of its optical sharpness especially 
when laterally displacing the specimen. In 
Fig. 11 this context is shown exemplarily for a fixed 
positioned measuring system and a specimen 
moved in a flexure test. 
 
For the experimental investigations, the specimens 
are loaded in such a way that the results are ob-
tained in steps of 20 mm in the off-plane direction. 
The results presented here are determined at the 
maximum tested displacement of 120 mm in the 
off-plane direction. The comparison of the analyti-
cal and experimental results is displayed in Fig. 12 
for chosen specimen widths of 60 mm and 150 mm 
at a measuring field size of 195x165 mm².  
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Fig. 11.  Exemplary result for the displacement of the 

measurement region in flexure tests: un-
deformed reference (top), flexural deformation 
in the lateral and longitudinal direction of the 
region near the notch (bottom)  

 
Here the results show a good correlation, but the 
known deficits from the used measurement tech-
nique near the edge of the notch are once again ob-
vious. 
 

 
Fig. 12.  Comparison of analytically calculated and ex-

perimentally measured strains along the 0°- and 
90°-radian at specimens with varying width and 
a constant length of 800 mm (measuring field 
size: 195x165 mm²) 

 
In the case of tensile or compression tests the meas-
uring field size can be adapted very well for a better 
resolution of the strain gradients because of the only 
small field displacements. However, in flexure tests 
the depth of the optical sharpness of the measure-

ment system as well as the longitudinal specimen 
displacement limits the use of small measurement 
fields at least in the case of a “fixed” measurement 
system. 
 
Increase of the resolution and use of a novel 
tracking method for relocated measuring fields 
for the experimental validation at flexure 
In the following a solution for the known displace-
ment problems is presented based on the usage of a 
tracking system for the optical measurement sys-
tem. Therefore a frame with two linear units with 
spindle drive for a two dimensional movement of 
the sensor system is placed above the flexural test-
ing device.  
The tracking system, the actuators and the sensors 
constitute a control loop. The change of the relative 
position of sensor and specimen is determined opti-
cally in real time with the same sensor as used by 
the measurement controller (capture frequency 
f=15 Hz). With the help of the software IVIEW 
(GOM mbH, Braunschweig, Germany), the position 
of a virtual measurement point is observed. The 
change of its coordinates is registered and passed to 
a special LABVIEW-based controller tool as a ref-
erence value. It axe-wise controls the position of the 
sensor till the prior relative position of sensor and 
measurement point is restored. To ensure the qual-
ity of the result images for the strain analysis, only 
those images are used that were captured when 
there is no movement of the sensor or the specimen.   
Further tests showed an excellent practicability of 
the developed tracking system for the strain analy-
sis. The comparison of the investigations on differ-
ent measuring field sizes showed that even the steep 
strain gradients near the notch can be observed. It 
also turned out that the choice of extremely small 
measuring areas also allows determining additional 
local strain effects. For the investigated PP/GF-
knitted fabric material used in the SFB 639, these 
local results can even be correlated with the geo-
metrical distribution of the single components 
within the used composite material. More informa-
tion on the used tracking and measurement settings 
as well as their impact on the results is displayed in 
Tab. 4. In Fig. 13, a comparison of the experimental 
and analytical results is shown (analog to Fig. 12) 
for a smaller measuring field size of 50 x 40 mm². 
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Tab. 4.  Influence of the dimensions of the measurement 
field size on the determined εx-results  

 Measurement 
field 

195 x 165 mm² 50 x 40 mm² 

  

Measurement 
point size 

2.56 x 2.61 mm² 0.61 x 0.63 mm²  

Measurement 
point distance 

∆x = 1.71 mm 
∆y = 1.74 mm 

∆x = 0.41 mm 
∆y = 0.42 mm 

Tracking speed Not tracked ~ 2 mm/s 
 
 
It can be observed, that the use of a tracking system 
for the optical measurement system allows the de-
termination of steep strain gradients on structures 
undergoing large deformations. The correlation of 
the analytical and experimental results is very good 
considering the small impacts of the transverse 
shear effects on the εy-results, observed already in 
the numerical simulations at the 90°-radiant near 
the cut-out. 
 
 

 
Fig. 13.  Comparison of analytically calculated and ex-

perimentally measured strains along the 0°- and 
90°-radian at specimens with varying width and 
a constant length of 800 mm (measuring field 
size: 50x40 mm²) 

 
 
 
 

4 Discussion 

The experimentally measured strain decay behav-
iours around the notch, which were used for validat-
ing the analytically based calculation tool, were 
obtained by an optical measuring technique which 
is well established in practical use. Fine differences 
of the experimental results to those of the analytical 
calculation have to be searched partially in the 
measurement accuracy of the used measurement 
system. A known solution to get increased resolu-
tions of optically based results gained in experimen-
tal tests is the use of smaller measuring fields.  
Occurring displacements of the object to be investi-
gated can be compensated e.g. by tracking the 
measurement system. Here always the compromise 
between resolution and measurement field size has 
to be drawn. That is why actually the assembly of 
results gained from many small measurement field 
sizes with high resolution is under investigation. 
 
In consequence of the good correlation of the ana-
lytical and experimental results, the ongoing nu-
merical investigations are getting more complex by 
combining loading situations on plate structures and 
on more complex structures consisting of plane ar-
eas with cut-outs respectively. Parallel the analyti-
cally based calculation tool is used in the sense of a 
sub model in combination with numerical simula-
tions. In that context it has to be clarified if and to 
what extent the regions with cut-out might also be 
slightly curved so that the analysis tool can also be 
used for a wider range of structures. 
 
In the investigations, small deviation effects caused 
by large length/width ratio of the specimen are ob-
served. This is mainly caused by the selection of the 
boundary collocation points on the boundary (see 
[2]). However since the presently used method is 
based on algorithms which work automatically, the 
dependency of the results on the length/width ratio 
(about 6:1) has to be considered. Nevertheless this 
length/width ratio covers a wide range which is 
large enough if using the analytically based calcula-
tion tool as sub model within numerical simulation 
systems. Here the user often will aspire to use 
nearly quadratic sub models where these shortcom-
ings are avoided. 
 
 

ICCM19 4551



 10

5 Conclusions 

By using the developed analytically based calcula-
tion software in combination with standard FEM-
software in the sense of an “analytical sub-model 
analysis” for the critical notched area, it offers the 
opportunity to take into consideration the effects of 
notches already during the first evaluations in the 
early state of the design process. 
The newly developed measurement and testing 
technologies provide experimental conditions which 
are very close to the assumptions of calculation and 
simulation. This approach simplifies and assures the 
validation of the developed analytically based cal-
culation method for notched fibre-reinforced multi-
layered composites. 
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1 Introduction 

Repairs to composite structures require the removal 

of the damaged material, followed by an adhesively 

bonded scarf repair. Scarf repairs are designed to 

maintain a flush surface profile. This is particularly 

important for aerodynamic surfaces or regions with 

moving mechanical parts. The scarf patch is 

commonly identical, in terms of ply thickness, 

orientation and material, to the original structure [1]. 

However, aircraft manufacturers are faced with the 

task of choosing a different repair material because 

either the parent materials are no longer available or 

not certified for field repair applications. In this 

context, the use of materials different from the 

parent structures in both ply thickness and 

mechanical properties presents new challenges, such 

as mismatch in local and global stiffness. Thus, it is 

important to address this new problem of scarf 

repairs with mismatched adherends. 

The Federal Aviation Regulation (FAR) states 

that bonded repairs need to firstly withstand the 

design ultimate load with damage up to a detectable 

threshold [2] and maintain continued safe flight with 

the complete disbond of the repairs. This 

requirement is based on damage tolerance principles 

and must be met by either demonstrating residual 

strength experimentally or by analyses, under 

various loading conditions [3-5]. Therefore it is 

important to develop validated methodologies that 

can accurately predict the effects of disbonds on the 

load-carrying capacities of adhesively bonded scarf 

joints and repairs. 

The design and prediction of the strength in 

adhesively bonded repairs are traditionally based on 

the assumption that failure is cohesive, i.e., the crack 

propagation is entirely within the adhesive [6]. From 

a fracture mechanics viewpoint, the occurrence of 

fracture in a material corresponds to when the strain 

energy release rate (SERR) reaches a critical value. 

However, most structural adhesives are engineered 

to possess fracture toughness higher than the 

interlaminar fracture toughness of composite 

laminates, raising the possibility of failure being 

within the composite adherend [7].  

In this paper, we present an experimental 

investigation and computational modelling of the 

disbond tolerance behaviour of scarf joints between 

mismatched material systems. The fracture paths and 

modes of failure in mismatched adherends were 

examined using microscopy techniques. The results 

of a comparison study between the experimental 

results and computational modelling revealed that a 

linear elastic fracture mechanics model with 

composite properties is able to predict the load-

carrying strength of mismatched composite 

adherends. 

 

2 Methodology 

Scarf joints are two-dimensional representations of 

scarf repairs along the most highly loaded direction. 

Scarf joint specimens were designed to achieve 

identical thickness as the original structure, to 

represent scarf repairs that are designed to maintain 

a flush profile with the structure. Both joint 

adherends were manufactured from two different 

woven carbon/epoxy prepreg composite material 

systems:  Cycom970/T300 (Cycom970) and 

HexPly914/T300 (HexPly914).  Both systems differ 

in mechanical properties, fracture strengths and ply 

thicknesses. The HexPly914 and the Cycom970 

have a curing temperature of 180C under vacuum 

for two hours. VTA260 structural adhesive was used 

to bond the adherends at a curing temperature of 

120C under vacuum for one hour. Tables 1-3 

summarise the material properties and ply 

thicknesses.  
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Two sets of composite scarf joints were 

manufactured. In the first set of joints the Cycom970 

was used for the parent adherend, with HexPly914 

being the repair adherend; in the second set of joints 

the materials for the parent and repair adherends 

were swapped. The parent adherend was a [0/45]2S 

laminate that was cured first. Upon curing the total 

adherend thickness was 2.64 mm for the HexPly914 

and 1.76 mm for the Cycom970. Each adherend was 

cut to a width of 25.4 mm and a length of 150 mm. 

The parent adherends were machined at a 3-degree 

angle to represent typical aircraft repairs. For the 

repair adherends, the layup was varied to match the 

thickness of the parent adherend. The Cycom970 

repair used a [02/452/0/45]S ply sequence and the 

HexPly914 repair used a [0/45/0/45/0] ply sequence. 

The repair adherend plies were laid in an inverse 

stepped configuration using the scarfed parent 

adherend as mould. It is noteworthy to mention that 

this manufacturing method creates small resin rich 

pocket at the ply ends along the scarf. The resulting 

scarf joint as described above is shown in Fig. 1. 

Before curing the repair adherend, a layer of 5 

µm thick non-stick polytetrafluoroethylene (PTFE) 

film was laid between the repair and parent 

adherends. This ensured that the adherends remained 

separate during the cure. The cured adherends were 

assembled together with an adhesive. PTFE films of 

three different lengths (3, 6 and 12 mm) were 

embedded at the feathered end of the repair 

adherend to simulate disbond between the adhesive 

and the repair adherend. This disbond replicated 

damage on the repair due to manufacturing or 

accidental impact damage during service, to create a 

joint containing disbond. Joints without disbond, or 

“pristine” joints, were also manufactured as 

benchmark specimens. At least four samples of each 

disbond length were manufactured. The assembled 

joints were cured in autoclave in accordance with 

the manufacturer’s recommended curing process.  

The pristine and embedded disbond joints were 

tested to determine the influence of mismatched 

adherends on the residual strength of scarf joints 

with disbonds. The joints were loaded at both ends 

in quasi-static tension using a 50 kN Instron 

machine at a constant displacement rate of 0.5 

mm/min until the joints broke apart. The load 

required to fracture the joint was recorded during the 

entire process. The test provided the strength of the 

bonded mismatched adherends with interfacial 

disbonds. The opposing fracture surfaces were 

placed under a scanning electron microscope (SEM) 

to determine the fracture behaviour and the crack 

propagation path through the thickness of the joint. 

This was used to guide the development of the 

computational models and to provide insights 

towards improving the scarf joint design for better 

damage tolerant properties. 

 

3 Experimental results 

3.1 Residual strength of mismatched scarf 

adherends 

The average strengths of the joints at varying 

disbond lengths were plotted against the size of the 

disbond a, normalised by the scarf length L, as 

shown in Fig. 2. All joints were observed to have 

fractured catastrophically. The ply orientation along 

the plane of the scarf is added in the figure. It was 

observed that the strength of the scarf was fairly 

similar for small disbond lengths (less than 3 mm). 

As disbond size increased, the strength of the joint 

reduced dramatically in a non-linear rate. For the 

same disbond size, the strength of the joint was 

similar for both HexPly914 and Cycom970 parent 

adherend configurations.  

The strength of a joint is determined by the 

strength of the load-carrying plies, so that the loss of 

these plies as a result of the disbond results in a 

significant loss of strength in the joint. Furthermore, 

a disbond that places the crack tip at a ply with low 

elasticity reduces the fracture toughness of the joint. 

By matching the strength of the joint at a given 

disbond length against the superimposed ply 

orientation as shown in Fig. 2, it was discovered that 

the loss in strength for a 3 mm to 6 mm disbond 

length coincided with the loss of 0 plies.  

3.2 Fracture behaviour of joints 

In scarf joints with disbonds lengths of 6 mm and 12 

mm, examination using optical microscope initially 

suggested a cohesive failure close to the composite-

adhesive interface. However, detailed analysis using 

a scanning electron microscope (SEM) revealed the 

presence of carbon fibres on both fracture surfaces 

as shown in Fig. 3. On the repair adherend at the 

crack tip, the fracture surface showed presence of 

adhesive carrier material on the composite fracture 

surface. The opposite surface showed no adhesive, 
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indicating a predominant composite fracture. The 

same observation was true for the entire fracture 

surface. It is, therefore, concluded that the fracture 

path was neither at the composite-adhesive interface 

nor in the adhesive, but inside the composite 

adherend.  

The mismatched adherent joints were inspected 

to understand the effect of different mechanical 

properties on the fracture propagation as shown in 

Fig. 4. Fractographic analysis showed that for 

relatively small disbond sizes, less than 3 mm, the 

adherends failed due to net tension failure across the 

laminate. This behaviour suggested that the adhesive 

bondline, mainly loaded in shear, had a higher 

strength than the tensile strength of the composite 

adherends. The fact that failure of both type of joints 

(with disbond less than 3 mm) failed by net tension 

fracture of HexPly914 laminate is consistent with 

the fact this laminate has lower in-plane strength 

than the Cycom970 laminate. For scarf joints and 

scarf repairs to recover the design strength of the 

structure, fracture in the repair adherend is 

undesirable. So it is important to consider laminate 

strengths for mismatched repairs to select repair 

materials with higher strength than the parent 

structure, if the tolerable disbonds are small (less 

than 3 mm in the present case). 

 For larger disbond sizes, the fracture 

propagated across the adhesive into the parent 

adherend. This was followed by bondline composite 

fracture and net tension failure at the other feathered 

end of the scarf adherend. This behaviour was fairly 

similar to the fracture path of matched ply joints [7]. 

This suggests that the failure was not related to the 

ply property and the lay-up of the adherends, but can 

be attributed to geometrical factors such as 

secondary bending. This behaviour requires further 

study to determine the mode of fracture at the crack 

tip and the change in adherend stiffness with respect 

to changes in disbond length. 

 

4 Numerical validation of experimental findings 

4.1 Methodology 

For a scarf joint, it is known that fracture occurring 

in an adherend is attributed to the strength of the 

adherend material [8]. However, fracture occurring 

in the bondline due to adhesive disbond is relatively 

unknown. A numerical methodology was developed 

to predict the strength of the joints with fracture 

along the bondline. Based on experimental findings 

on the fracture path and behaviour, finite element 

models were developed in Abaqus 6.10 [9]. Plane 

strain elements were used to model the adhesive and 

the composite adherends at the ply level, as a stack 

of individual plies rather a laminate. Material 

properties were applied based on values from Table 

1 and Table 2 for the composite plies and adhesive 

respectively. The fracture properties for the 

composite materials in Mode I and II delamination 

are shown in Table 3. Material properties were 

obtained experimentally and from manufacturer’s 

data. Fracture properties were obtained by 

performing mode I and II tests.  Boundary 

conditions were applied on both ends of the scarf 

joint to replicate experimental testing constraints, 

and consisted of constrained displacements in all 

degrees of freedom, except for the loading 

displacement at one end. A non-linear implicit 

numerical analysis was performed using 

Abaqus/Standard. 

 

Table 1. Material properties of composite plies 

 
Cycom 

970/T300 
HexPly 

914/T300 
E11 = E22 (GPa) 53.1 53.7 
E33 (GPa) 3.00 3.90 
ν13 = ν23 0.20 0.20 
ν12 0.08 0.08 
G13 = G23 (GPa) 0.79 0.67 
G12 (GPa) 0.88 0.50 
Ply thickness 

(mm) 
0.22 0.33 

 

Table 2. Material properties of VTA260 adhesive 

E ν G 

3.0 GPa 0.35 1.1 GPa 

 

Table 3. Fracture properties of the composite 

materials 

 
Cycom 

970/T300 
HexPly 

914/T300 

GIc (KJ/m
2
) 0.329 0.256 

GIIc (KJ/m
2
) 2.565 1.290 
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Based on the fractographic observations 

described in the previous section that fracture 

occurred in the composite at a small distance, 

comparable to the fibre diameter, away from the 

composite-adhesive interface, the onset and 

propagation of cracks were assumed to take place 

along the composite-adhesive interface. Since the 

thin layer of resin-fibre material removed from the 

composite adherend was extremely small, its effect 

is not considered in this investigation. The virtual 

crack closure technique (VCCT) was used to model 

damage propagation.  

The VCCT is a well-established numerical 

technique to calculate the strain energy release rate 

at a crack tip. It is a linear elastic fracture mechanics 

analysis based on the product of the nodal forces, F, 

at the crack tip and nodal displacements, v, 

immediately behind the crack tip. Assuming the 

width and length of element are b and d, 

respectively, the strain energy release rate (SERR), 

G is given by the following expression, 

 

  
   

     
 (1) 

 

Disbond at the crack tip occurs when G approaches 

the critical value, GC, ie.  

 

 

  
   (2) 

In a mixed mode loading condition, the critical 

SERR was defined by the Benzeggagh-Kenane (B-

K) fracture criterion [10], which is given by  

       (        ) (
   

      
)
 

 (3) 

where the exponent, η, is an empirical parameter. It 

was found that brittle, epoxy based composite 

materials correlated well with an exponent value of 

1.75 [11] and was used for both composite materials 

in this paper. 

Within Abaqus, the VCCT is incorporated into 

a progressive damage model that allows for 

automated modelling of crack propagation in a non-

linear analysis. In this model, a damageable interface 

is defined as a bonded contact between two surfaces. 

A pre-existing disbonded region is defined, which 

involves only a touching contact (free to open but 

cannot interpenetrate), and this is used to 

automatically define the crack tip. At the end of 

every increment in a non-linear analysis, Equation 

(2) is assessed at a crack tip node. If crack growth is 

deemed to occur, then the bonded contact at that 

node is converted to a touching contact for the next 

increment. In this way, automated crack progression 

can be captured, allowing for the simulation of 

stable crack growth, or crack growth occurring in a 

non-catastrophic manner. In this paper, the term 

“VCCT model” is used to refer to the Abaqus crack 

growth methodology incorporating the VCCT 

Equation (1). 

4.2 Strength prediction 

Models corresponding to embedded disbond lengths 

of 3, 4, 6, 9, 12 mm were generated. Two VCCT 

models were employed to predict the strength of the 

scarf joints, as shown in Fig. 5. The first numerical 

model, Model A, replicates experimentally 

embedded disbonds at the repair-adhesive interface. 

The VCCT model, assigned with repair properties, 

was embedded for the remaining length of the 

repair-adhesive interface to represent a bonded 

contact. In the second numerical model, Model B, 

the disbond was located at the parent-adhesive 

interface, thus, allowed the VCCT model to be 

embedded along the parent-adhesive interface and 

the VCCT model was assigned with parent 

properties. The numerical model of the scarf joint 

was loaded in tension by increasing end 

displacement until the joint completely failed. 

Numerical results from Model A and B 

provided much insight on the fracture behaviour of 

mismatched scarf joints. In this paper, the terms 

“Cycom970 joint” and “HexPly914 joint” is, 

respectively, used to refer to joints with Cycom 970 

and HexPly914 as the parent adherend. It was 

observed that Model A predicted the strength of 

Cycom970 joints well but overpredicted the strength 

of HexPly914 joints. This is due to the difference in 

SERR between Cycom970 and HexPly914 

composite plies, as shown in Table 3. Furthermore, 

Model A does not represent experimental 

observations of its fracture mode. The fracture mode 

in both joint designs belonged to the parent 

adherend, as illustrated in Fig. 4. Results from 

Model B showed that for disbond sizes greater than 

6 mm, the model was fairly capable of predicting the 
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strength of the joint. However, at disbond sizes of 

less than 6 mm, the results failed to converge with 

experimental findings. Between the two designs, 

Model B showed consistency in correlating with 

experimental values, suggesting that Model B has 

captured the fracture mode of the joint. However, 

Model B has failed to capture the fracture path as 

described in Fig. 4, leading to an overprediction of 

the joint strength with decreasing disbond size. For a 

better comparison of joint strengths, values are 

shown in Table 4. 

Results shown in this section suggest that 

accurate simulation of the fracture mode and path is 

capable of accurately predicting the strength of 

mismatched joints. Further work will be required to 

introduce higher fidelity simulations that will 

accurately predict the strength of mismatched joints. 

 

Table 4. Scarf joint strength  

HexPly914 Parent 

a (mm) 
Model A 

(MPa) 
Model B 
(MPa) 

Experimental 
(MPa) 

3 432 1125 306 

4 397 520 - 

6 337 244 227 

9 250 197 - 

12 214 169 154 

Cycom970 Parent 

a (mm) 
Model A 

(MPa) 
Model B 
(MPa) 

Experimental 
(MPa) 

3 317 1348 310 

4 288 1016 - 

6 213 298 237 

9 168 199 - 

12 158 164 174 
 

5 Conclusion 

The fracture behaviour of composite scarf joints 
containing a disbond between un-matched 
adherends has been investigated through tensile 
tests and computational modelling. The 
experimental results reveal that at short disbond 
lengths, less than 3 mm in the present case, scarf 
joints failed by net tension failure of the weaker 
adherend. When disbonds were longer than 3 
mm, fracture occurred by delamination of the 

parent adherend, at a very small distance, 
comparable to fibre diameter, adjacent to the 
adhesive layer. 

A numerical analysis was performed to 
determine the factors required to accurately 
predict the strength of the mismatched scarf 
joints using a VCCT-based model. Furthermore, 
numerical analysis confirmed with fractographic 
observations that the fracture occurred in the 
composite adherend; not in the adhesive. 
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Fig. 1. Manufacturing schematic of a scarf joint with mismatched adherends 

 

 
Fig. 2. Residual strength of mismatched adherend scarf joints with disbonds superimposed with its respective 

ply orientations along the plane of the scarf. The data points represent disbond lengths of 0 mm, 3 mm, 6 mm 

and 12 mm. 
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Fig. 3. Typical bondline composite fracture in the joint observed under the SEM. 

 

 
 

 
 

  

  
 

Fig. 4. Observed crack propagation along the bondline of scarf joints with varying disbond lengths. 
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Fig. 5. Schematic of two modelling methodologies used to determine the strength of the scarf. Model A: 

Disbond embedded at the repair-adhesive interface. VCCT model assigned with composite properties of the 

repair adherend. Model B: Disbond located at the parent-adhesive interface. VCCT model assigned with 

composite properties of the parent adherend. 
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Fig. 6. Numerical prediction of scarf joints with Cycom970 parent adherend 

 

 
Fig. 7. Numerical prediction of scarf joints with HexPly914 parent adherend 
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1.  Introduction  

Partially renewable bio-based polyester resins 
currently manufactured by Ashland® have been in 
use since 2003 in large farm tractor applications. The 
commercial resin used in this study is Envirez 
70301™, which is based off of the same high 
maleate synthesis process used to manufacture 
Envirez 1807™, the polyester resin currently being 
used by John Deere® for the manufacture of large 
combine and tractor components such as hoods, 
roofs, and fenders.    This paper looks at the cure 
kinetics and thermo-mechanical analysis of jute fiber 
reinforced composites using Arkema’s IS-300™ 
nitroxide mediated hydroperoxide and Envirez 
70301 bio-based polyester resin.  The curing process 
is generally initiated using dibenzoyl peroxide (BPO) 
per the manufacturer’s recommendation [1].  The 
resin as previously been used with methyl ethyl 
ketone peroxide (MEKP) and tert-Butyl 
peroxybenzoate (TBPB). The results demonstrate a 
cure which is more controlled with a lower 
exothermic reaction at a lower temperature. The 
system is cured at a temperature below 100°C in 
order to prevent the evolution of water from the jute 
fiber.  It will be assumed that the fabric used will be 
left in an open environment where pre-drying and 
conditioning will not be used.  Using the nitroxide 
reversible-termination capability of the nitroxide 
mediated hydroperoxide, the resin and fiber system 
becomes capable of being developed into a pre-
impregnated fabric for use in automotive and 
housing applications using jute cloth, allowing a 
lower energy requirement to manufacture 
sustainable composites.  This will significantly 
reduce the carbon footprint of various manufactured 
items, increase biodegradability and compostability 
of various components, and prevent increased 
landfill volume.   

2.  Materials and Methods 

2.1 Resin 

The unsaturated polyester resin used for this 
research is Ashland’s Envirez 70301™ soybean oil 
based resin.  This resin is manufactured using the 
“high maleate” process [2, 3], which allows the use 
of oil with low reactivity to make a highly reactive 
resin.   The resin contains soybean oil and corn/sugar 
cane-derived ethanol, which gives the resin a 22% 
renewable content.  The resin has a viscosity of 2200 
cps at room temperature (25°C).  The other 
components of the resin are maleic anhydride and 
glycol.  Styrene is used as the monomer, but only at 
a level of 29.5% by weight rather than 50% as in 
many fully petrochemical based unsaturated 
polyester resins.  The use of bio-based polyester and 
epoxy resins have blossomed as the ability to 
incorporate the plant-based oils into the process had 
become well developed over the past ten years [4, 5]. 
   

2.2 Controlled / Living Radical Polymerization 

Controlled / living radical polymerization 
(CRP/LRP) began as early as 1980 with the 
development of nitroxide mediated initiators in 1994 
[6].  The purpose of LRP initiators is to allow chain 
growth, control over molecular weight and 
distribution, as well as prevent transfer and 
termination or chain breaking [7].  This process 
allows for chain end functionalization, removal of 
alkoxyamine functional groups, and an increase in 
thermal stability of the resulting polymer [8].  This 
reversible equilibrium allows a reversible 
equilibrium to exist between propagating and 
dormant states.  This allows a cross-coupling of 
growing radicals preventing self-termination [9].  
Through this initiator process, the simplest process 
can occur through a polymerization of a simple 
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monomer and initiator mix, although it is restricted 
to the types of monomers, generally styrenic and 
acrylic.   

2.3 Initiator  

Developed in 2010, the initiator, Arkema’s IS-
300™, has shown increase in fatigue life, increased 
toughness, and controlled radical polymerization. 
This initiator is a nitroxide-mediated hydroperoxide 
which allows some of the free radicals to bond with 
the monomer and allow polymerization, but also 
provides nitroxides which bind to the same 
unsaturation points.  The nitroxide mediated cumene 
hydroperoxide used in this research, IS-300™, is a 
unique molecule which was designed by Arkema for 
the purpose of using a single, stable, and freely 
reactive unpaired electron to pair up with carbon – 
centered radicals only [6]. This binding is a 
reversible act where the addition of thermal energy 
will cause the nitroxide to detach and allow the 
hydroperoxide free radical to attach.  This will allow 
a completion of the polymerization process and 
achieve maximum cross-link density in the cured 
resin based upon the heat added.  The initiator also 
assists in controlling the exothermic heat release 
during the curing process which prevents generation 
of water vapor during the cure process.  Dibenzoyl 
peroxide (Luperox® A98 – 50/50 by weight mix 
with styrene) has been used as the initiator for this 
resin in the past, but several others have been 
investigated.  Previous research by the authors 
include the use of methyl ethyl ketone peroxide 
(MEKP – Luperox® DDM-9) and tert-butyl 
peroxybenzoate (TBPB – Luperox® P) [10].   
 
 

CH3

CH3

CH3 O O H

 
Figure 1 – Cumene hydroperoxide 

 
 

2.4 Promoter 

This research uses cobalt (II) ethylhexanoate, also 
known as cobalt octoate.  This is a promoter 
designed to cleave the hydroperoxides into free 
radicals [11].  This will allow the nitroxides and free 

radicals to reach an equilibrium allowing a portion 
of the resin and monomer to cross-link, but not to the 
gelation or vitrification point.  This promoter 
consists of a pair of 2-Ethylhexanoic acid molecules 
forming a bond with cobalt at the single oxygen 
bond. Cobalt octoate is a lipophilic derivative 
designed to be soluble in nonpolar organic solvents.  
The hydroperoxide is decomposed into alkoxy and 
peroxy free radicals [12].  The decomposition 
follows one of the following pathways shown in 
Equations 1 or 2. 

 

ROOH + Co3+ →ROO* + H+ + Co2+ 

 
(1) 

ROOH + Co2+ →RO* + OH+ + Co3+ 
 

(2) 

  

 

O

O-

Co
++

O

O-

 

Figure 2 Cobalt (II) ethylhexanoate 

 

2.5 Fabric/Fibers  

Natural jute fiber cloth was used in the raw form as 
shipped.  Samples were conditioned at 25°C / 60% 
relative humidity.  The fabric is sold in a 
commercially available form, standard burlap cloth 
[13].  This was chosen because of the wide 
availability, very low cost, and sustainable/ 
recyclable nature of the fibers.  The processing of the 
cloth does not require specialty clothing, respirators, 
or hardened cutting equipment as the fibers are not 
hazardous, do not pose an inhalation hazard, and are 
not abrasive to milling / cutting equipment.    
 

2.6 Fabrication Process – Composite Panels 

Issues arise when curing composites made from 
unmodified or raw natural fibers when not 
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desiccated or oven-dried to remove the absorbed 
moisture.  When curing raw natural fiber laminates, 
the moisture can be trapped by gelled resin and cause 
issues with proper curing, delaminating layers, or 
de-bonding matrix from the fibers.  In order to 
alleviate this issue, the fibers must be cured at a 
temperature lower than 100°C.  When this is not 
possible, the ability to cure the resins in a more 
controlled manner at a lower temperature with less 
autocatalytic exothermic heat release is needed.  The 
approach taken by this paper is to assume that the 
fiber will not be treated or pre-conditioned in any 
way other than that as shipped by the manufacturer.  
This jute fiber cloth (burlap) was purchased in the 
United States, but it is sourced from regions in India 
and Bangladesh.   
 

2.7 Curing process – Neat Resin   

The resin samples were measured out in 50 gram 
batches with a concentration of 1 part per hundred 
resin (phr) initiator to determine the optimum cure 
kinetics.  Previous work with the resins using 
MEKP, TBPB, and a 50/50 mix of the two as the 
initiator showed the decomposition of the peroxide 
at high heating rates caused an excessive exothermic 
release during fabrication compared to the 
exothermic peak for IS-300™ as shown in Figure 1.  
 

Table 3.  Cure Parameters 

Initiator 
Mix 

Ratio 
Cure 

Temp. 

Cure 
Time 

(minutes) 

Post Cure  
(min / °C) 

TBPB 100:1 110 °C 60 None 
MEKP 100:1 110 °C 60 None 
IS300 100:1 140 °C 60 None 

IS300 
100:1:

0.2 
85°C / 
100°C 

30 / 60 
30/60/90 
@ 140°C  

 

2.8 Fabricated panels 

Jute/Envirez 70301™ panels were made by 
compression molding.  A Wabash 30 ton heated 
press was used to form 254mm x 254mm panels of 
5mm thickness using 10 layers of burlap fabric.  The 
layers of fabric were manually coated with the resin 
mixture on both sides, then the layers were 
assembled into 10 ply sheets.  Those layups were 
then placed into a vacuum bag formed from high-
temperature bagging film, degassed, and heat sealed 

on all four sides.  The panels were machined into 
dynamic mechanical analysis (DMA) testing shapes 
using a Next Wave Automation CNC Router with V-
Carve software.  Several of the samples were then 
post cured in an over at 140°C for time rates of 30, 
60, and 90 minutes.   
 

Table 4. Initiator versus Pressure 

Initiator 
Temp 
(°C)  

Mold 
Pressure 

(kN)  

Plate 
Size 

(cm2) 

Clamping 
Force 
(kPa) 

TBPB 110 8.90 400 215.5  
MEKP 110 8.90 400 215.5 
TBPB 110 13.34 400 323.2  
MEKP 110 13.34 400 323.2 
IS300 85 26.70 645 413.9 
IS300 85 26.70 645 413.9 
IS300 100 26.70 645 413.9 
IS300 100 26.70 645 413.9 

 

 

2. 9 Sample Preparation and Testing 

DMA samples were tested to ASTM D-4065-06, 
where the samples were cut to 63mm x 14.26 
±0.34mm x 4.2mm ±0.43mm.  The thickness was 
only machined to provide a consistent thickness, 
preventing the loss of any jute fiber.  The thickness 
was not overly modified and allowed to remain as 
close to “as molded” as possible.  DMA results were 
performed to determine the Tg, and storage/loss 
moduli.  The samples were tested on a TA 
Instruments Q800 DMA in a dual cantilever 
apparatus.  The tests were performed at 1Hz with a 
deflection of 15 µm.  The temperature range was 
30°C to 190°C.  
 
DSC testing was performed on the uncured resin 
samples using a TA Instruments Q1000 with 
aluminum hermetic pans perforated with a vent hole.  
The dynamic temperature ramp rates were 2° C, 5° 
C, and 10° C per minute.  The isothermal 
temperatures were 110 °C, 120 °C, and 130 °C for 
120 minutes or until heat flow returned to a constant 
value.  Samples were placed in the cell at a point 
where the isothermal temperature was stabilized to 
ensure the temperature ramp did not affect the 
results.  Sample mass was 11.5mg ± 0.4 mg to ensure 
comparable results.  Samples were run with and 
without promoter to determine the effects on peak 
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exothermic reaction temperature.  DSC results were 
analyzed using the Specialty Library® software 
provided by TA Instruments.  The dynamic curves 
were analyzed using the “Thermal Stability Kinetics 
Analysis” method.  This model utilizes the Ozawa 
model and assumes the degree of reaction is a 
constant and is independent of the heating rate at 
maximum exothermic peak.  The Ozawa model uses 
heating rates between 1°C and 10°C.  The activation 
energy is found by determining the slope of the 
Ozawa plot [14, 15, 16]. β indicates heating rate, E 
is activation energy, T is peak temperature in Kelvin, 
and R is the universal gas constant.    
 
   

� =
����/��

���
 (3) 

�(�) = ��
��
��  (4) 

��

��
= �(�)(1 − �) (5) 

  
 
Thermogravimetric analysis (TGA) was performed 
using a TA Instruments Q500 machine with 
platinum pans.  The temperature ramp rate was set at 
5°C / minute during dynamic portions and allowed 
to equilibrate at the desired isothermal temperature 
by stopping the ramp at 5 °C before the isothermal 
temperature.  This prevented the furnace 
temperature from surpassing the isothermal 
temperature before the end of the isothermal time 
period.  Samples were kept at 12.0 mg ± .25 mg to 
ensure comparable results.   
 

3.  Results 

3.1  Results – Neat Resin - DSC 

The resin was mixed in small batches with and 
without promoter.  All of the samples used in this 
work were mixed with 1 part per hundred (phr) 
initiator and 0.2 phr cobalt octoate promoter.  Varied 
temperature ramp rates were run to determine the 
optimum cure rates.  The exothermic peak in the 
samples with promoter show a maximum chemical 
reaction and crosslinking below the 100°C 
temperature point.  The heat flow from the 
compression mold platens through the resin and 
fibers are determined by heat flow characteristics, 

but is assumed to have a temperature increase well 
above the ramp rate possible on the DSC.    

 

Promoter Temp Ramp 
Peak Exo. 
Temp (°C) 

Onset 
Temp 

CO OCT 

2°C / min 84.5 69.6 

5°C / min 97.5 78.5 

10°C / min 105.6 84.2 

None 

2°C / min 127.6 117.2 

5°C / min 139.2 126.1 

10°C / min 151.0 136.1 

Table 1 – DSC cure results 

 

The platens on the compression mold machine are 
pre-heated and do not allow the composite sample to 
heat gradually.  This rate is well above the 
capabilities of the DSC to test.  Further study to 
determine the actual heating rate will be conducted 
at a later time. 

 

 

Fig.3 – DSC – Dynamic ramp without Promoter 

 

The samples with and without promoter were tested 
to determine whether the promoter would bring the 
optimum curing temperature as shown by maximum 
exothermic reaction below 100°C.  This is important 
to prevent the moisture which had been absorbed by 
the fibers from outgassing as vapor during the curing 
process.   

-0.7

0

0.7

1.4

0 50 100 150 200 250

2C
5C
10C

127.6C

139.2C

151.0C

Temperature (C)

H
e

a
t 

F
lo

w
 (

W
/g

)

DSC scan - Dynamic Rate 70301 + IS300

ICCM19 4565



 

5  

 

Fig. 4 – DSC – Dynamic ramp with Promoter 

 
As shown in Figure 2, all three temperature ramp 
rates have a peak exothermic reaction below the 
100°C threshold while none of the unpromoted 
resins fell below the 100°C mark.  The curing 
process in the vacuum ovens, compression mold, 
and forced-air ovens all heat the samples at a rate 
well above 10°C per minute due to the thickness.   
 
 

 
Act. 

Energy 
Std. Dev. 

AE 

Pre-
Exp. 

Factor 

Std. 
Dev. 
PEF 

60 min 
Half Life 

Temp 

CO 
OCT 

76.4 2.74% 10.34 2.94% 52.0 

None 91.6 8.56% 11.08 9.06% 94.5 

Table 2 – DSC cure kinetics – dynamic 

 

As shown by the exothermic peaks, the heat 
generated by MEKP, TBPB, and a 50/50 mix of 
MEKP and TBPB are substantially higher than the 
nitroxide mediated IS-300.  Although the cure 
occurs more quickly, the MEKP is prone to causing 
excessive heat build-up during the cycle.  While this 
may not be an issue for thin items, bulkier items will 
store more thermal energy and accelerate the rate 
even faster due to a build-up of excess thermal 
energy.  This is the largest concern with the 
manufacture of thicker components and part of the 
reason for the development of the IS300 initiator by 
Arkema.  As can be assumed and will be the subject 

of future testing, the temperature increase will be 
more dramatic as the sample thickness increases.  It 
will be determined what relationship exists between 
the bio-based resin, jute fiber, and exothermic 
reaction and calculate what detriment or 
improvement the reaction has. 
 
 

 
Fig. 5 - 120°C Isothermal DSC scans of Envirez 

70301™ resin with 1phr initiator 
 
 
The cure kinetics were determined by use of the TA 
Instruments Specialty Library using the Ozawa 
method described earlier in Section 2.6.  The 
following are the conversion tables generated by the 
Ozawa model using the dynamic heating rates. 
 
 

 
Fig. 6 – Percent cure versus Time – No Promoter 
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Fig. 7 – Percent cure versus Time – Promoter added 

 
 
 

IS300 only IS300 + Cobalt Octoate 
 

 E: 91.6 kJ/mole ± 
8.51% 

 Log Z: 11.08 1/min ± 
8.99% 

 60 min half-life: 
94.5°C 

 Enthalpy: 171.7 J/g 
±11.19% 

 Conversion:  Peak 
(auto) 

 E: 76.5 kJ/mole ± 
2.62% 

 Log Z: 10.35 1/min ± 
2.77% 

 60 min half-life: 
52.0°C 

 Enthalpy: 297.7 J/g ± 
9.66% 

 Conversion:  Peak 
(auto) 

Table 4:  Ozawa parameters 
  

3.2   Results – Neat Resin - DMA 

DMA testing of the composite samples focused on 
the storage modulus and tan delta peak.  This was to 
determine the overall strength of the composite and 
glass transition temperature.  As can be shown in 
Figure 7, the increase in tan delta peak coincides 
with the increase in post-curing temperature.  The 
graph shown is that of the samples cured at 85°C for 
30 minutes in compression mold and post cured at 
140°C for 30, 60, and 90 minutes.  
 
 These results are shown here as the cure cycle just 
described demonstrates the greatest and largest 
increase in storage modulus.  The tan delta peaks 
demonstrate a consistent increase in glass transition 
temperature with increased post curing time. 

 
 

Fig. 8 – Tan delta curves / peaks 85°C / 30 min 
 

 
Fig.9 - DMA - 85°C/30 min 

 

 
Fig.10 - DMA - 100°C/60 min 
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4.  Conclusion  

Allowing the composite to cure at a lower 
temperature and time with a longer post-cure 
duration will provide for a composite with the 
highest storage modulus.  This is due in part to the 
quick cure caused by the rapid heat transfer from the 
press platens to the composite panel.  The thickness 
of the samples was partially determined by the 
viscosity change in the resin as it began to flow out 
of the fiber.   

The use of IS-300™ initiator will allow the better 
control of curing which will increase component 
thermo-mechanical properties and further increase 
the service life of natural fiber composites, more 
especially so with the use of a metal salt promoter, 
cobalt octoate in this research.  The increased 
toughness will allow the matrix to remain 
undamaged longer and prevent moisture uptake into 
the composite and prolong the life of the composite 
component. 

The decrease in thermal energy required to cure the 
composite will also decrease the energy used for 
fabrication.  This will reduce the overall carbon 
footprint of the composite and aid in making the 
process more sustainable. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

One issue challenging the greater use of 

polymer composite materials in structural 

products traditionally made using metals is their 

high flammability. Composites are often 

considered a safety risk because they can soften, 

buckle and collapse in a fire.  

 

Most of the research has focused on compressive 

failure of fiberglass laminates because of their use in 

structures supporting compression loads [1]. The 

failure of laminates during fire while under tension 

loading is significantly different to compression 

failure, and the time-dependent strength loss of the 

fiber reinforcement needs to be considered [2,3]. A 

model for tension was developed by the authors and 

validated for resin-infused GFRP laminates of high 

volume fraction [2]. The validation for sandwich 

composite failure under tension has previously not 

been addressed.  

 

This paper presents a thermal-mechanical model to 

predict the temperature rise, decomposition, 

softening and failure of laminates and sandwich 

composites under combined one-sided heating by 

fire and tensile loading. The model is validated using 

data from fire structural tests performed on a 

fiberglass laminate and sandwich composite 

consisting of fiberglass laminate face skins and balsa 

core. Both the laminate and sandwich composites 

are used in structural applications. 

 

 

2 Fabrication and experimental testing 

The laminate and face skins to the sandwich 

composite were manufactured with hand lay-up 

using E-glass woven fabric (800 g/m2) and vinyl 

ester resin (Derakane 411-350).  The resin did not 

contain flame retardant fillers or additives, and had a 

glass transition temperature (Tg) of 120°C. The fiber 

stacking sequence of the laminate and sandwich 

skins was [0/90]. The laminate had a fiber volume 

fraction of 0.50±0.01and was 4 mm thick.  

 

The core material for the sandwich material was 

Baltek® SB structural end-grain balsa (ρc = 150 

kg/m
3
) with 6 mm thickness. The balsa grains were 

aligned in the through-thickness direction of the 

sandwich composite, which is normal to the 

direction of tension loading. Both fiberglass face 

skins were 2mm thick. The face skins had a slightly 

lower fiber volume content of Vf=0.44±0.05.  

 

Iso-thermal tensile tests up to 600°C were performed 

on the laminate, glass fiber bundles, single glass 

fibers and the balsa core to determine the changes to 

their stiffness and strength properties with increasing 

temperature.  

 

Fire tests were performed on both laminates and 

sandwich composites to generate experimental data 

to validate the model. The fire-under-load test 

involves pre-loading the specimens in tension while 

simultaneously heating one side using a radiant 

heater [2].  The specimen ends were rigidly clamped 

along a length of 80mm. A constant tensile stress 

between 10% and 90% of the room temperature 
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ultimate stress was applied to the specimen using a 

250 kN MTS machine. The specimens were free to 

thermally expand during heat exposure. For the 

sandwich material, both skins were constrained in 

the test rig to experience the same strain during 

testing. Fire-under-load tests were performed for 

heat fluxes of 25, 35 and 50 kW/m2.  The time taken 

for the specimen to rupture, called the time-to-

failure, was measured. For the sandwich specimens, 

failure of the two skins occurred separately for some 

test conditions. In this case the time of first skin 

failure was also recorded. These values were used 

to determine the accuracy of the thermal-

mechanical model. 
 

 

3 Modeling procedure 

3.1 Temperature modeling 

Thermal analysis of the laminate and sandwich 

composite is performed using a thermal model 

developed by Feih et al. [1-3]. The thermal model 

analyses the three important energy transfer 

processes that occur in a decomposing material 

exposed to fire, namely conductive heat transfer; 

endothermic decomposition; and convective mass 

transfer of volatile products from the decomposing 

material to the hot composite surface. The 

temperature rise with time ( tT ∂∂ / ) is calculated 

using the following equations: 
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Balsa core: 
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with the subscripts s and c referring to the composite 

skins and core, respectively. Modeling is performed 

using temperature dependent values for the thermal 

properties (cP, k) of the skins and core.  The first 

term on the right-hand side of Eq. (1) relates to 

unsteady-state heat conduction through the skins and 

core.  The second term defines the magnitude of the 

mass flux of volatile decomposition products 

through the composite towards the fire.  The last 

term is the endothermic decomposition term that 

defines the decomposition reaction rate of the 

polymer matrix to the skins or the core.  By solving 

equation (1) for increasing temperature and time 

( tT ∂∂ / ), it is possible to calculate the temperature 

profile through a laminate and sandwich composite. 

 

The decomposition rate of the skins or core is 

expressed in the last term of eq. (1) by t/M ∂∂ .  

When the skins or core decompose by a single-stage 

reaction process then t/M ∂∂ is calculated using the 

first-order Arrhenius relationship: 

 

)/( RTE

o

f

o
ae

M

MM
AM

t

M −








 −
−=

∂

∂                             (2) 

 

The model considers unit volumes, and therefore the 

density and mass are effectively identical. The 

matrix density is updated through the evaluation of 

Eq. (2) during the thermal analysis, and the density 

of the composite is calculated by rule-of-mixtures. 

 

During the calculation, values for the thermal 

constants and the enthalpy are continually updated to 

allow for the effects of decomposition. The enthalpy 

is calculated on the basis of the instantaneous 

thermal constants and the temperature. 
gM& , the 

mass flux of decomposition volatiles, is calculated 

from the change in density of the material and 

integrated through-the-thickness of the composite to 

account for the build-up of these gases. The thermal 

boundary condition on the hot face is assumed to be 

a constant uniform thermal flux. The cold face 

considers thermal insulation. All input parameters 

for the model are supplied in Table 1. 

 

3.2 Laminate modeling 

Both resin degradation and fiber strength loss need 

to be considered for the time-to-failure predictions 

of the monolithic laminate and laminate face skins, 

and these two mechanisms operate in different 

temperature and time regimes. A modeling flowchart 

for the prediction of times-to-failure for fiberglass 

laminates is shown in Figure 1. This modeling 
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approach was previously validated for laminates of 

high fiber volume fraction (Vf = 0.55 – 0.6) [2].  

 

Figure 2 shows the strength loss of single glass 

fibers and fiber bundles as function of time and 

temperature. Fiber strength loss is significant in 

temperature regimes between 300 and 600°C (see 

Fig. 2). The magnitude of strength loss is higher for 

the fiber bundles, most likely due to the additional 

effect of friction between the fibers, which is 

believed to create fine-scale damage on the fiber 

surface [3]. 

 

The fiber strength loss is temperature and time-

dependent, which needs to be considered in the 

model [2]. The tanh function that describes the 

relationship between fiber bundle strength σfb, 

temperature T and heating time t is:   

 

( ) [ ]tTkTTt fbfbfb )(tanh)(, loss)0( σσσ −=               (3) 

 

where σfb(0) is the tensile strength at 20
o
C, σloss(T) 

describes the strength loss, and kfb(T) describes the 

rate of strength loss as a function of temperature.  

kfb(T) is determined from the curve-fit temperature 

function 

 
Tk

fb ekTk 2

1)( = ,                                                      (4) 

 

where k1 and k2 are curve fit constants. The strength 

loss function, σloss(T), occurs in a symmetric fashion 

around a temperature, T50%.
 
T50% is the temperature at 

which the fiber bundle loses 50% of its tensile 

strength for long-term heat exposure.  The strength 

loss is determined using: 

 

[ ]
2

)(tanh

2
)(

%50)0()0(

loss

TTp
T

fbfbfb −
+=

σσ
σ          (5)                              

 

with T50% and pfb being curve-fit constants. Knowing 

the dependence of fiber strength on temperature and 

time from experimental data, it is possible to 

determine values for kfb(T), T50% and pfb. The values 

for E-glass fibers (single and bundles) are shown in 

Table 2. It is believed that both degradation 

mechanisms are relevant for the present case: while 
the fibers are fully encapsulated in softened resin, 

they will degrade according to the single fiber 

strength loss. Once the resin has completely 

decomposed (residual resin content < 10%), the fiber 
bundle degradation is assumed to apply. Differences 

due to the atmospheric environment are neglected in 

this modeling approach.  
 

Figure 3 shows the tensile strength and stiffness loss 

due to resin softening as a function of temperature 

for the laminate. The stiffness loss is attributed to 

the ability of the woven fibers to straighten as the 

matrix softens. Strength loss is attributed to the loss 

of the stress-transfer mechanism between fibers as 

the resin softens. The figure also show the fitted data 

curves as described by the tanh function fit: 
 

( ) ( )( )km
RR

TTk
PPPP

TP −
−

−
+

= tanh
22

)()0()()0(     (6) 

 
It is seen in Figure 3 that both stiffness and strength 

loss occur around a similar temperature range 

(fitting parameters km and Tk are the same). At 
200°C, a loss of 50% to both properties is recorded. 

This property loss is higher than the loss reported in 

previous work [2] due to the lower fiber volume 

fraction. 

 

A rule-of-mixtures approach has been shown to 

successfully predict the residual strength of a 

monolithic laminate for a given temperature-time 

exposure [2]. This approach separates the 
temperature-dependent resin softening and time and 

temperature-dependent fiber strength loss and 

considers these two events independently. For the 
sandwich composite, the difference in stiffness for 

each skin is considered as an additional factor in this 

process. The large temperature variation leads to an 
un-symmetric sandwich structure, where the front 

skin carries significantly less force than the back 

skin as both skins are experiencing the same strain 

under load. The strengths of the front and back skins 

are therefore compared separately to the respective 

stresses to determine the time-to-failure.  

 

 

4 Results and Discussion 

4.1 Temperature predictions 

Figure 4-6 show the experimental (data points) and 

calculated (solid lines) temperature-time profiles for 
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the laminate, exposed to the heat fluxes of q=25, 35 

and 50kW/m
2
, which heated the front face to about 

400, 530 and 630oC, respectively. Profiles are shown 

for the temperatures at the heated (front) face, 

middle and unheated (back) face of the laminate.  It 
can be seen that the higher heat fluxes caused a 

spike in temperature due to internal ignition. This 

ignition was incorporated into the thermal model 

predictions through an increase in external heat flux 

at the experimental ignition time. The ignition time 

was not predicted. The ignition process was 

terminated in a similar fashion based on 

experimental results. It can also be seen that the 

higher heat flux leads to earlier ignition and earlier 
extinguishment of the laminate due to faster 

depletion of the resin material, which is the main 

fuel source of combustion as the fibers do not 

decompose.  

 

Figures 7-9 show the corresponding temperature 

profiles and predictions for the sandwich material. 
Comparing laminates and sandwich materials at the 

same heat flux, the back face temperatures for the 

sandwich materials are generally lower due to the 
low thermal conductivity of the balsa wood, which 

acts as a thermal insulator.  

 
There is no ignition for the heat flux of q=35kW/m2 

for the sandwich composite. This is attributed to the 

front skin of the sandwich material being equivalent 

to half the thickness of the laminate, thereby 

resulting in less fuel (decomposition gases being 

released by the polymer matrix) to contribute to the 

combustion process. Internal ignition at the heat flux 

of q=50kW/m2 is further contributed via 

decomposition of the balsa core (rather than the 
skins), resulting in core temperatures exceeding the 

front face temperature. The ignition was 

incorporated into the thermal model predictions 
through an increase in external heat flux at the 

experimental ignition time in the same manner as 

undertaken for the laminate predictions. Again, the 

ignition time was not predicted. The ignition was 

terminated in a similar fashion based on 

experimental results.  

 

4.2 Laminate failure predictions 

Figure 10 shows the experimental time-to-failure for 
the glass/vinyl ester laminate tested at the three heat 

fluxes. As expected, the failure times increased 

when the heat flux or applied tensile stress are 
reduced. The solid curves show the calculated 

failure times determined using the thermal-

mechanical model. Four stages of failure are 
predicted: (I) softening of the resin (shear lag effect), 

(II) stable stage of fully decomposed resin and intact 

fibers, (III) fiber strength degradation, and (IV) 

residual strength stabilization at steady-state 

temperature distribution. Within the softening 

section (> 50% load, t<100s), the model slightly 

over-predicts the failure times. This may be caused 

by small variations in the temperature profile 

predictions as the resin softening model is very 
sensitive to the initial temperature predictions. For 

loads <50% (fiber softening regime), the model 

under-predicts the failure times (conservative). The 

discrepancy between predictions and experimental 

failure times is less once the resin has fully 

decomposed (high heat flux, longer failure times). In 

this state, mostly bare fiber bundles are tested under 
load which is the same test condition used initially to 

derive the time- and temperature-dependency of the 

fiber strength loss. The largest discrepancy between 
predictions and experimental failure times is 

observed for the lowest heat flux of 25kW/m
2
, which 

leads to minimal resin decomposition. Fibers for 
these heating conditions are still encapsulated in a 

fully softened resin matrix. Fiber strength loss is a 

surface-controlled event due to the growth of surface 

flaws. The rate of strength loss is sensitive to the 

atmospheric environment [3]. It is postulated that the 

protection of the fiber surface from environmental 

moisture exposure during heating delays the strength 

degradation process. 

 

4.3 Sandwich failure predictions 

Figure 11 shows the experimental time-to-failure for 

the sandwich composite for the three heat fluxes. 
Again, the failure times increase with decreasing 

heat flux and applied stress. Failure occurs in two 

stages due to the separate events of resin softening 

and fiber strength loss. Furthermore, two distinctive 

failure events can be distinguished for lower loads: 

front face and back face failure occur as separate 

events due to the significant temperature differences 

between the two skins. This is discussed later with 

the modeling approach. 
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Comparing Figure 10 and Figure 11, the laminate 

generally fail earlier for the same applied stress than 
the sandwich material. This is due to the 

unsymmetric load distribution as the front skin loses 

stiffness earlier (and thereby experiences lower 
stress than the back skin). The balsa core therefore 

prolongs the time-to-failure when compared to a 

laminate of the same total skin thickness of 4mm.  

 

The current mechanical failure model has been 

evaluated to account for unsymmetric strength and 

stiffness loss of the front and back face skins. The 

balsa core does not contribute significantly under 

tension as its strength is low. Balsa strength is 
therefore neglected in the strength modelling 

approach. The stresses in both skins can then be 

evaluated separately according to 

( ) ( )21

2
2

21

1
1 and

EEA

FE

EEA

FE

skinskin +
=

+
= σσ  ,            (7) 

where the index 1 denotes the front skin (exposed to 
the heat source) and 2 indicates the stress in the back 

skin. Askin denotes the area of each composite skin, 

and F is the applied load. 

 

Progressive failure of the two skins is considered. 

Upon failure of either skin (first failure), the applied 

load effectively doubles on the other skin. If the 
applied load is sufficiently low to be carried by the 

remaining skin alone, two separate failure events are 

predicted. 
 

Figure 12 – 14 show the resulting predictions for the 

different heat fluxes. It can be seen that the model is 
able to accurately predict the initial strength loss 

during resin softening accurately. E1<E2 
 
applies 

during this stage, and the stress experienced by the 

front skin will therefore be lower than the stress in 

the back skin when the strains in both skins are the 

same. For short exposure times, this un-symmetric 

stress distribution then leads to first failure of the 

back skin, which has been indicated in the figures. 

 
The second stage of fiber softening is generally 

under-predicted for first failure, and over-predicted 

for the combined failure of the front and back skins. 
This is currently under investigation. The following 

statements are made at this point: (1) Similar to the 

laminates, the fibers will be protected from 

environmental degradation by the softened resin for 

the lowest heat flux of 25kW/m
2
. (2) One observed 

problem is that the temperature profiles during 

tensile loading actually differ from the temperature 

profiles captured without load. This is attributed to 
the cracks within the balsa core opening up as the 

sandwich material undergoes tensile failure. As a 

result, a larger amount of decomposition gases is 

released, leading to internal ignition and therefore 

higher temperatures especially in the back skin for 

the heat flux 35kW/m
2
. This discrepancy will affect 

the predictions for time-to-failure for the back skin 

at longer exposure times (lower loads). 

 
 

Conclusions 

The model shows that tensile failure of GFRP 

composites and sandwich composites is controlled 

by both resin softening and fiber strength loss. The 

balsa core has a significant effect on prolonging the 

time-to-failure for sandwich composites compared to 
laminates of the same skin thickness due to un-

symmetric softening of the two skins. 
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Tables and Figures 

 

Table 1.  Thermal properties of the laminate 

skins and balsa core 

 
Property Skin Core 

Rate constant, A [1/s] 5.6E13 6.7E7 

Activation energy [J/mol] 212705 116488 

Heat of decomposition  

[J/kg] 
378800 556000 

Specific heat glass/vinyl  

ester [J/(kg K)] (140ºC) 

890+2.4*T-

0.003*T
2
 

1420 + 0.68*T 

Specific heat char  

[J/(kg K)] 

890+2.4*T-

0.003*T2 
3194 + 1.33*T 

Specific heat gas  

[J/(kg K)] 
2387 1009 

Thermal conduct virgin 

[W/(m K)] (60-300ºC) 
0.2 0.2 

Thermal conduct char 

[W/(m K)] (300-500ºC) 
0.4 

0.008 +  

2.22e-6*T
1.89

 

Density [kg/m
3
] 1921 150 

Remaining Resin Mass  

Fraction [%] 
3 15 

Fiber volume fraction 0.45  

Moisture content [wt%] 2 8 

 

 

Table 2. Fitted data for glass fiber strength reduction 

(from [3]) 

 
Values Fiber bundles Single fibers 

T50% [ºC] 347.6 403.1 

pfb [ºC
-1

] 5.83E-3 6.60E-3 

k1 [s
-1

] 1.81E-6 8.63E-6 

k2 [ºC
-1

] 1.45E-2 1.17E-3 

 

 

 

Fig. 1. Flow chart of laminate modeling (from [2]) 
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(b) 

Fig. 2. (a) Single fiber and (b) fiber bundle strength 

as functions of time and temperature (from [2]) 
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Fig. 3. (a) Strength loss and (b) stiffness loss of the 

laminate with increasing temperature 
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Fig. 4. Temperature profiles for the laminate 

exposed to a heat flux of q=25kW/m2 
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Fig. 5. Temperature profiles for the laminate 

exposed to a heat flux of q=35kW/m2 
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Fig. 6. Temperature profiles for the laminate 

exposed to a heat flux of q=50kW/m2 
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Fig. 7. Temperature profiles for sandwich composite 

exposed to a heat flux of q=25kW/m2 
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Fig. 8. Temperature profiles for sandwich composite 

exposed to a heat flux of q=35kW/m2 
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Fig. 9. Temperature profiles for sandwich composite 

exposed to a heat flux of q=50kW/m
2 
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Fig. 10. Time-to-failure for laminate for different 

heat fluxes. Solid lines are predictions, and the data 

points indicate experimental times. 
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Fig. 11. Time-to-failure for GFRP sandwich 

materials (2mm skin thickness) for different heat 

fluxes. Solid lines are lines of best fit, and the data 

points indicate experimental times. 
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Fig. 12. Time-to-failure for sandwich composite at a 

heat flux of q=25kW/m
2
. Solid lines are predictions, 

and the data points indicate experimental times. 
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Fig. 13. Time-to-failure for sandwich composite at a 

heat flux of q=35kW/m
2
. Solid lines are predictions, 

and the data points indicate experimental times. 

 

1 10 100 1000

0

50

100

150

200

250

Failure triggered 

by hot face

Failure triggered 

by cold face

 First failure

 Time-to-failure failure

q=50kW/m
2

Front failure

 Time (s)

A
p

p
li
e

d
 t

e
n

s
il
e

 s
tr

e
s
s
 (

M
P

a
)

Final failure

 
Fig. 14. Time-to-failure for sandwich composite at a 

heat flux of q=50kW/m
2
. Solid lines are predictions, 

and the data points indicate experimental times. 

 

 
 

ICCM19 4577



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  

Woven fabrics composed of light weight and high 

strength continuous filaments are especially useful 

in a wide-range of applications such as protective 

materials for military and law enforcement 

personnel and as well as structural containment of 

turbine fragments [1]. The engine containment 

system is typically constructed by wrapping multiple 

layers of Kevlar 49 around a thin aluminum 

encasement. Designing the containment system 

consists of determining the type of fabric, the 

number of fabric layers and fabric width required. 

Currently the FAA’s certification standards require 

that a full-scale test be completed to qualify an 

engine which can cost several million dollars [2]. 

Consequently, there is a continuing effort to reduce 

the extent of these experimental test programs by 

complementing them with the corresponding 

computation-based engineering analyses and 

simulations. Modeling the impact response of woven 

fabrics is challenging because of their intricate 

hierarchical architectures, complex material 

behavior and interactions between the projectile and 

fabric during transverse impact. There are several 

modeling techniques used to represent the impact 

behavior of flexible woven fabrics. The impact 

behavior can be analyzed by using pin-jointed 

orthogonal bars in finite element analyses [3]. Unit-

cell based approaches have been used extensively in 

order to derive the equivalent (smeared) continuum-

level material models of woven composites from the 

knowledge of the meso-scale yarn properties, fabric 

architecture and inter-yarn and inter-ply frictional 

characteristics [4]. More-detailed 3D continuum 

finite element analyses [5] have proven to be 

powerful tools for capturing and elucidating the 

detailed dynamic response of single-layer fabric, 

they are associated with large computational 

requirements in terms of both processing power and 

memory requirement because of the large number of 

degrees of freedom of the model. This limits the size 

of the fabric model that can be simulated within 

available computational infrastructure and 

reasonable amount of time.  

In our previous study [6], a material model (ASU 

v.1.1) was developed to include non-linearity in the 

stress-strain response and strain rate effect on the 

material response as part of the project on explicit 

finite element modeling of multi-layer composite 

fabric for gas turbine engine containment systems 

[7-15]. The fabric layers were represented by one 

single finite element (FE) layer; hence it was not 

able to capture the effect of friction between the 

fabrics layers which is actually an important factor 

for determining the ballistic behavior of the fabric.  

Later on, a multi-layer model (ASU v.1.2) was built 

to consider the friction between the fabric layers 

[16]. But all these models were built on the 

experimental data where the fabric was loaded up to 

the strain of about 4% [8, 17], and the post-peak 

behaviors were assumed to follow certain patterns 

without experimental validation. New experimental 

data show that the fabric can deform up to 20% 

before the complete failure, the energy absorption 

ability will dramatically increase due to the large 

strain capacity [13, 18]. In this study, we extend our 

previous work by optimizing material/model 

parameters in a modified UMAT subroutine which is 

based on a constitutive behavior from the new data.   

2. Constitutive Model of Woven Fabric 

New tensile tests were conducted in both warp and 

fill directions until the load carrying capacity of the 

fabric reached zero, the results show that the fabric 

can deform up to 20% before the complete failure. 
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Figure 1 shows the new stress-strain curves of quasi-

static tensile test using 200 mm × 50 mm (length × 

width) swath specimens and the material model 

developed for the fabric in the warp and fill 

directions. Note that there are four distinct regions in 

the constitutive behavior: crimp region, linear pre-

peak region, linear post-peak region and non-linear 

post-peak region. In the crimp region, the stress 

increase is relative low due to the straightening of 

the woven structure of the fabric. When the crimp is 

removed, the straightened yarns start to behave 

linearly and take more loads, reaching linear pre-

peak region. When the stress level reaches the 

tensile strength of the fabric the yarns start to break 

and the stress of the fabric decreases dramatically 

until reaching a transition point which is about 70 

MPa (linear post-peak region). After the transition 

point the stress decreases gradually to almost zero 

when the strain reaches to about 0.2 mm/mm, 

representing the non-linear post-peak region.  
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Fig. 1. Stress-strain curves of Kevlar 49 fabric in the (a) 
warp and (b) fill directions (experiment and model) 

Based on the stress-strain curves in the warp and the 

fill directions, it was found that the elastic stiffness 

in pre-peak region of warp direction is identical to 

that of fill direction, and the crimp stiffness for warp 

and fill directions is 0.06 and 0.20 times of the 

elastic stiffness in pre-peak region, respectively. The 

stiffness in linear post-peak region of warp and fill 

directions is 2.2 and 5.6 times of the elastic stiffness 

in pre-peak region. The crimp strain of the warp 

direction is about 2.6 times larger than that of the fill 

direction.  And the peak stress of the warp direction 

is 15% lower than that of the fill direction. There is a 

slight difference in the strain at peak stress and the 

stiffness of linear post-peak region.  

The strain-rate effect is considered using a Cowper-

Symonds (CS) model. In the current material model, 

the elastic stiffness and strain at peak stress were 

assumed to be a function of the strain rate using CS 

model. In such a way, the peak stress was indirectly 

assumed to be a function of the strain rate. But the 

fabric under ballistic impact might experience much 

higher strain rate than the available experimental 

data and the extrapolation process will introduce 

some uncertainties in the simulation results, it is 

necessary to optimize these two values to achieve 

better simulation results. Picture frame test has been 

conducted to determine the shear behavior of Kevlar 

49 fabric [18]. In the experiment study, the fabric 

was sheared at quasi-static loading rate without any 

pretension and it has very low shear resistance. But 

in real ballistic scenario, the fabric under impact will 

experience large tensile force during shear 

deformation. The tension force in the fabric will 

dramatically influence the shear resistance of the 

fabric by altering the conditions of the yarn 

interaction (crimp, yarn compression, normal force 

at cross-over points), and hence the friction. If the 

shear properties of the fabric obtained by picture 

frame test were used directly in FE simulation, the 

fabric behaves like a rubber-like material with very 

large deformation.  As the relation between shear 

properties and tensile stress in fabric is not clear, the 

shear properties used in the FE simulation was 

adjusted until the deformation of the fabric in 

simulation was similar to that of the experiment, and 

then was optimized to obtain the smallest error in 

absorbed energy between the simulations and 

experiments.   
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3. NASA Ballistic Tests 

To help validate the material model, NASA-GRC 

conducted ballistic tests in which projectiles were 

fired at fabric wrapped around a steel ring. The loss 

of projectile kinetic energy (absorbed energy) ΔEpk is 

the difference in the kinetic energy of the projectile 

To help validate the material model, NASA-GRC 

conducted ballistic tests in which projectiles were 

fired at fabric wrapped around a steel ring [19]. 

Various parameters were varied during the tests. 

These parameters included the initial velocity of the 

projectile, the orientation of the projectile with 

respect to the fabric, the number of layers wrapped 

around the ring, the type of projectile, etc. For each 

test the initial and final velocity of the projectile was 

measured so were the exact orientation of the 

projectile [16]. The loss of projectile kinetic energy 

(absorbed energy), ΔEpk is computed as the kinetic 

energy of the projectile before impact minus the 

kinetic energy of the projectile after impact, as 

follows:  

  2 21

2
pk i r i rE E E m v v       (1) 

where m is the mass of the projectile, vi the projectile 

initial velocity, and vr the projectile residual velocity.   

The difference in absorbed energy between 

experiments and simulations was computed as: 

exp= sim
pk pkD E E     (2) 

where 
exp
pkE  is the absorbed energy in experiment, 

and 
sim
pkE  the absorbed energy in simulation.   

 

4. Finite Element Modeling 

The model configuration is sub-divided into single-

layer (SL) and multi-layer (ML) models. In the SL 

model (Fig. 2a), one finite element layer is used to 

represent all the physical layers in the model. Each 

fabric layer is 0.28 mm thick. Thus an 8-layer 

physical model is represented by one FE layer with a 

thickness of 2.24 mm (8 × 0.28 mm). The fabric 

model was meshed using two different parts. The 

fabric directly in contact with penetrator is given 

separate part id than rest of the fabric. This type of 

configuration facilitates tracing of energy balance 

for this area separately. The SL model is 

computationally efficient which makes it beneficial 

for initial studies. However fabric-to-fabric contact 

cannot be modeled as well as the extent of the 

damage cannot be gauged. In the ML model (Fig.  

2b), one FE layer represents four physical layers. 

Hence an 8 layer model is represented by 2 FE 

layers each having a thickness of 1.12 mm (4 × 0.28 

mm).  

The simulations were run using the single precision 

LS-DYNA version 971 R4.2.1. The FORTRAN 

compiler used for building the executable was Intel 

Version 10.1 and the computer platform was 

Windows XP 32bit single precision. As mentioned 

in the section of constitutive model, some of the 

material properties should be obtained by optimizing 

their values so as to reduce the error in the energy 

absorbed. 

 

(a)

(b)

Old projectile

New projectile

 

Fig. 2. Finite element models of (a) SL and (b) ML 
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5. Optimization of Material Properties 

Five material parameters ( 12

IG , 12

I  12

II , C = EC = C  

and P = EP = P ) have been chosen as the design 

factors which have two levels (lower and upper) to 

minimize the response which is the difference 

between the experiments and simulations using a 

software named Design Expert, as listed in Table 1. 

A 25 full factorial design was used in the 

optimization design which required 32 runs for each 

test using SL FE model. Note that 22 tests were used 

for this study. 

Table 1. Design factors and their levels 

Level 12
IG (MPa) 12

I  12

II   EC   EP   

Lower 2.76 0.25 0.35 0.005 10 

Upper 6.90 0.34 0.65 0.025 50 

 

Figure 3(a) shows the half-normal Plot which 

indicates the effects of various factors and 

interactions from the model.  Based on this graph, 

where the response variable is the percent difference 

in absorbed energy, the factors ( 12

IG , 12

I  and 12

II ) 

that lie along the line are not significant and two 

factors (C and P) and the interactions with the factor 

P seem to be significant. Analysis of variance 

(ANOVA) shows that the full factorial model is 

significant as the model F-value is 468.71. There is 

only a 0.01% chance that a "Model F-Value" this 

large could occur due to noise. The adequacy of the 

underlying model should be checked before the 

conclusions from the analysis of variance are 

adopted. Violation of the basic assumptions and 

model adequacy can be easily investigated by the 

examination of residuals. For example, if the model 

is adequate, the residuals should be structure less 

and that is, they should contain no obvious patterns. 

Figure 3(b) presents a normal probability plot of the 

residuals for tensile strength. All the data points lie 

along a pretty straight line. It tells us that there is no 

violation of normality assumption, nor is there any 

evidence pointing to possible outliers. The final 

equation in terms of coded factors of the model is 

given as: 

12 12 12

12

14.98 0.0022 0.34 1.07

3.08 29.21 3.56 2.32

I I II

II

F G

C P P CP

 



    

   
   (3) 

 
(a) 

 
(b) 

Fig. 3. (a) Half-normal plot of the response for full model; 

and (b) normal probability plot of residuals 

Using the optimization function in the software, the 

optimal values of the five factors are obtained as the 

following: 12

IG = 4.14 MPa (600 psi), 12

I = 0.25, 

12

I = 0.35, C = EC = C =0.005 and P = EP = P =40. 

The actual shear modulus values at various shear 

strain values used in the material model can be 
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determined as follows: 12

IG  = 4.14 MPa ( 12 12

I  ), 

12

IIG  = 41.4 MPa ( 12 12 12

I II    ), 12

IIIG  = 345 MPa 

( 12 12

II  ). A conservatively low value of 345 MPa 

was assumed as the out of plane shear modulus for 

23G  and 31G .   

 

6. Simulation Results 

Figure 4 and 5 show the comparison of deformation 

between the simulation and the experiment for test 

cases of LG594 (SL) and LG429 (ML), respectively. 

It appears that the simulation captures the general 

deformed shape of the fabric. The comparisons of 

velocities and absorbed energy between the LS-

DYNA simulations using SL and ML models and 

the experiments are listed in Table 2.  

  

  

  

  

Fig. 4. Comparison of simulation and experiment for 
LG594 (SL) 

  

  

  

  

Fig. 5. Comparison of simulation and experiment for 

LG429 (ML) 

The single-layer model under-predicts 18 out of the 

22 models and the percent different in the absorbed 

energy increases with increasing number of fabric 

layers (increasing thickness of FE layer). The multi-

layer model under-predicts 18 out of the 19 models, 

and the percent different in the absorbed energy also 

increases with increasing number of fabric layers. 

The possible reason is that the outer layers of FE 

model break prematurely, resulting in relative less 

resistance again the projectile when comparing with 

the models with less FE layers. The single-layer 

model performs better than the multi-layer model as 

the single-layer model predicts the ballistic tests 

with less error and standard deviation in terms of the 

percent difference in absorbed energy. On the 

average, both of the models under-predict the 

absorbed energy and are conservative. 
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Table 2. Absorbed energy by the fabric for SL and ML FE simulations 

Name Fabric Layers 

SL FE Simulation ML FE Simulation 

Vi Vr ΔEpk D Vi Vr ΔEpk D 

(m/s) (m/s) (J) % % (m/s) (m/s) (J) % % 

LG403 4 274.1 264.1 845 7.1 4.2 - - - - - 

LG410 4 277.9 271.0 597 4.9 4.9 - - - - - 

LG404 8 273.0 251.5 1782 15.1 1.0 273.0 254.2 1570 13.3 2.8 

LG409 8 271.0 249.4 1778 15.3 2.3 271.0 251.8 1584 13.7 3.9 

LG424 8 254.0 228.9 1917 18.8 1.3 254.0 229.7 1854 18.2 1.9 

LG594 8 257.3 140.0 7254 69.9 -2.9 257.3 158.6 6381 61.5 5.5 

LG609 8 278.7 260.6 1523 12.5 5.9 278.7 265.0 1163 9.6 8.8 

LG610 8 270.8 247.4 1894 16.5 0.4 270.8 258.1 1052 9.2 7.7 

LG611 8 276.1 258.7 1459 12.1 10.2 276.1 257.4 1575 13.1 9.3 

LG612 8 273.8 258.8 1254 10.6 5.5 273.8 257.1 1394 11.8 4.3 

LG618 8 264.2 160.1 6773 61.9 -3.5 - - - - - 

LG620 8 272.6 190.7 5858 50.3 7.5 272.6 196.2 5496 47.2 10.6 

LG689 8 273.3 201.7 5301 45.0 1.6 273.3 235.2 3029 25.7 20.9 

LG692 8 269.7 194.9 5376 46.8 6.8 269.7 216.4 4006 34.9 18.8 

LG429 16 278.9 234.5 3596 29.3 9.1 278.9 246.4 2694 22.0 16.4 

LG432 16 273.0 216.0 4389 37.3 10.1 273.0 235.8 2992 25.4 22.0 

LG405 24 274.1 188.6 6230 52.6 17.1 274.1 216.5 4449 37.5 32.1 

LG411 24 270.0 149.1 7972 69.3 8.9 270.0 206.8 4743 41.2 37.0 

LG427 24 278.9 174.6 7455 60.7 -4.7 278.9 215.1 4965 40.5 15.6 

LG655 32 344.9 295.5 4981 26.5 19.6 344.9 317.7 2843 15.1 31.0 

LG656 32 294.9 196.7 7602 55.4 21.1 294.9 208.4 6836 49.8 26.6 

LG657 32 252.9 0.0 10090 100 0.0 252.9 0.0 10090 100 0.0 

Average      5.7     14.5 

Minimum      -4.7     0 

Maximum      21.1     37.0 

Std. Dev.      7.0     11.3 
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7. Conclusion 

The continuum model developed in previous 

research has been improved by modifying the stress-

strain constitutive behavior and the shear properties. 

The parameters (C and P) in Cowper-Symonds (CS) 

model and shear properties of the fabric were 

optimized to achieve better agreement between the 

simulations and the ballistic impact tests from 

NASA-GRC. The models were validated by 

comparing the residual velocity of the projectile and 

the absorbed energy by the fabric after the impact, 

and the spatial distribution of fabric deformation and 

damage. The single layer model was 

computationally efficient and predicted the ballistic 

tests with less error than the multi-layer model, 

while the latter was able to consider the friction 

between fabric layers. 

 

References 

[1] G. Nilakantan, M. Keefe, J. Gillespie Jr, T. Bogetti. 
"Novel multi-scale modeling of woven fabric 
composites for use in impact studies".  Proceeding of 
10th International LS-DYNA Users Conference, 

Dearborn, Michigan USA, 2008. 

[2] S. Rajan, B. Mobasher, A. Vaidya. "LS-DYNA 
implemented multi-layer fabric material model 
development for engine fragment mitigation".   
Proceeding of 11th International LS-DYNA Users 
Conference, Dearborn, Michigan USA, 2010. 

[3] T. Zohdi, D. Powell. "Multiscale construction and 
large-scale simulation of structural fabric undergoing 
ballistic impact". Computer Methods in Applied 
Mechanics and Engineering, 195(1-3), pp.94-109, 
2006. 

[4] A. Tabiei, I. Ivanov. "Computational micro-

mechanical model of flexible woven fabric for finite 
element impact simulation". International Journal 
for Numerical Methods in Engineering, 53(6), 
pp.1259-76, 2002. 

[5] Y. Duan, M. Keefe, T. Bogetti, B. Powers. "Finite 
element modeling of transverse impact on a ballistic 

fabric". International Journal of Mechanical 
Sciences, 48(1), pp.33-43, 2006. 

[6] Z. Stahlecker, B. Mobasher, S.D. Rajan, J.M. Pereira. 
"Development of reliable modeling methodologies 

for engine fan blade out containment analysis. Part II: 
Finite element analysis". International Journal of 
Impact Engineering, 36(3), pp.447-59, 2009. 

[7] D. Zhu, S. Bansal, D. Naik, B. Mobasher, S.D. Rajan, 
J.M. Pereira. "Experimental development of a 
constitutive model for high-speed impact 
containment fabrics".  Proceedings of the 11th 
International Conference on Engineering, Science, 
Construction, and Operations in Challenging 

Environments, Long Beach, CA, 2008. 

[8] D. Naik, S. Sankaran, B. Mobasher, S.D. Rajan, J.M. 
Pereira. "Development of reliable modeling 
methodologies for fan blade out containment 
analysis-Part I: Experimental studies". International 
Journal of Impact Engineering, 36(1), pp.1-11, 2009. 

[9] D. Zhu, S.D. Rajan, B. Mobasher, A. Peled, M. 
Mignolet. "Modal analysis of a servo-hydraulic high 
speed machine and its application to dynamic tensile 
testing at an intermediate strain rate". Experimental 
Mechanics, 51(8), pp.1347-63, 2011. 

[10] D. Zhu, B. Mobasher, S.D. Rajan. "Dynamic tensile 

testing of Kevlar 49 fabrics". Journal of Materials in 
Civil Engineering, 23(3), pp.230-9, 2011. 

[11] D. Zhu, B. Mobasher, S.D. Rajan. "Experimental 
study of dynamic behavior of Kevlar 49 single yarn".  
Conference Proceedings of the Society for 
Experimental Mechanics, pp. 147-52, 2011. 

[12] D. Zhu, C. Soranakom, B. Mobasher, S.D. Rajan. 
"Experimental study and modeling of single yarn 
pull-out behavior of Kevlar 49 fabric". Composites 
part A: Applied Science and manufacturing, 42(7), 
pp.868-79, 2011. 

[13] D. Zhu, B. Mobasher, S. Rajan. "Characterization of 

Mechanical Behavior of Kevlar 49 Fabrics".   
Conference Proceedings of the Society for 
Experimental Mechanics, pp. 377-84, 2011. 

[14] D. Zhu, B. Mobasher, S. Rajan. "Finite Element 
Modeling of Ballistic Impact on Kevlar 49 Fabrics".  
Conference Proceedings of the Society for 

Experimental Mechanics, pp. 249-58, 2011. 

[15] D. Zhu, B. Mobasher, S. Rajan, P. Peralta. 
"Characterization of Dynamic Tensile Testing Using 
Aluminum Alloy 6061 T6 at Intermediate Strain 
Rates". Journal of Engineering Mechanics, 137(10), 
pp.669-79, 2011. 

[16] S. Bansal, B. Mobasher, S.D. Rajan, I. Vintilescu. 
"Development of fabric constitutive behavior for use 
in modeling engine fan blade-out events". J 
Aerospace Eng, 22(3), pp.249-59, 2009. 

ICCM19 4584



[17] J. Sharda, C. Deenadayalu, B. Mobasher, S.D. Rajan. 
"Modeling of multilayer composite fabrics for gas 
turbine engine containment systems". J Aerospace 

Eng, 19(1), pp.38-45, 2006. 

[18] D. Zhu. "Experimental study and finite element 
modeling of woven fabrics", Ph.D. dissertation, 
Arizona State University, 2009. 

[19] D.M. Revilock, J.M. Pereira. "Explicit finite element 
modeling of multilayer composite fabric for gas 

turbine engine containment systems, Part 2: ballistic 
impact testing". Washington, DC: Office of Aviation 
Research and Development, 2008. 

ICCM19 4585



 

1 Introduction  
 

Due to the advances in the understanding of 
composites and development of more efficient core 
materials sandwich structures have gained increasing 
importance in the aerospace and marine industries. 
This can be attributed to their superior strength to 
weight ratio which allows for low-weight and more 
fuel efficient design. However, due to their low 
weight they are also more susceptible to damage due 
to impact than a similar metallic structure [1]. Thus, 
in order to facilitate their use in dynamic 
environments it is necessary to find ways to enhance 
their capability of attenuating incident dynamic 
loads.  

 
It has been shown over the past few years 

that a wave attenuation bandgap can be created by 
adding local spring-mass resonators to a structure[2-
9]. Since this bandgap primarily depends on the 
properties of the included resonators, it can be more 
conveniently tailored than the conventional Bragg 
gap obtained due to the periodic nature of the 
system. Huang et al. [3] showed that more than one 
bandgap can be achieved by using multi-resonator 
mass in mass lattice [4]. Pai [5] further investigated 
this effect by analyzing a uniform elastic bar with 
attached spring-mass subsystems and showed that 
the working mechanism is based on the conventional 
mechanical vibration absorbers and proposed a 
design for a broadband vibration absorption system 
by using multiple vibration absorbers. Using a mass-
spring system, Yao et al. [6] experimentally 
demonstrated the negative effective mass and 
reported a high transmission loss bandgap in 
accordance with the theoretical results. Huang et al. 
[3] further explained the wave attenuation and 
energy transfer mechanism in the bandgap. They 
showed that most of the work done by the external 

force on the system is stored temporarily in the 
resonators in the form of kinetic energy and is taken 
out by the external forcing agency in the form of 
negative work in a cyclic manner.  

 
Based on this work, Sun and Chen [6-8] 

have proposed the use of such energy absorbing 
subsystems in sandwich constructions in order to 
improve their wave attenuation capability. Under the 
low frequency assumption, it was shown that the 
behavior of a sandwich beam can be described by an 
effective Timoshenko beam model. The system was 
shown to display negative equivalent mass and low 
frequency bandgaps corresponding to the local 
resonance frequency were achieved. The attenuation 
phenomenon was also demonstrated using finite 
element models and verified by experiments. 
Subsequently, it was also shown that for a finite 
system the local resonance attenuation phenomena 
corresponds to the anti-resonance behavior of a two 
degree of freedom system [9]. 

 
        In this study, we continue this work further by 
analyzing the behavior of sandwich beams with 
internal resonators under broad spectrum loads such 
as impact loads. Finite element models of sandwich 
beams with variously tuned local resonators and 
without resonators were used to study the wave 
attenuation behavior of such beams. A typical 
impact load was applied at the center of the beam 
and the effect of the resonators on the wave 
propagation was studied. The performance of 
resonators tuned to different resonance frequencies 
was studied. Impact experiments were performed in 
order to demonstrate the effectiveness of local 
resonators in attenuating broad spectrum loads. It 
was shown that addition of resonators helps improve 
the attenuation characteristics of sandwich beams 
subjected to impact loads.  

SANDWICH BEAM WITH INTERNAL RESONATORS 
SUBJECTED TO IMPACT LOADS 

 
B. Sharma1, C.T. Sun1* 

1 School of Aeronautical and Astronautical Engineering, Purdue University, West Lafayette, US 
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2 Numerical analysis 
 

2.1 Method 
 

Finite element simulations were performed to 
investigate the effect of internal resonators in a 
sandwich structure subjected to an impact load. 
Sandwich beams with resonators uniformly 
distributed throughout the length of the beam were 
modeled with the load being applied in the form of a 
concentrated point load at the center of the beam. A 
schematic of a sandwich beam with resonators and 
it's equivalent homogenous beam is shown in Fig 1. 
To capture the propagating wave effects and avoid 
reflections, a 100 m beam was used with symmetry 
conditions applied at the left end and the right end 
kept free, thus effectively simulating a 200 m long 
centrally loaded free-free beam.  Planar Timoshenko 
beam elements with linear interpolation (B21) 
provided by the commercial code Abaqus were used 
to model the sandwich beam. Each element was 
assigned a general beam section with bending 
rigidity, shear rigidity, rotary inertia, and mass per 
unit length given in Table 1b. A unit cell length of 
0.025 m was chosen and five Timoshenko beam 
elements were used to model each unit cell. The 
resonators are discretely attached to the beam 
element, with the resonator masses modeled as point 
masses. To avoid round-off errors due to the large 
number of increments, linear explicit analysis with 
double precision was carried out using 
Abaqus/Explicit. It should be noted that no damping 
was assumed in any of the numerical simulations. 

 
The effect of resonators on attenuating the 

impact load was assessed by comparing it with a 
sandwich beam of equivalent mass. An equivalent 
mass beam can be modeled by either adding the 
mass of the resonators to the mass per unit length 
assigned to the beam elements or by replacing the 
resonators with equivalent point masses. The latter 
method was chosen since it provides us with an 
added advantage of replicating the periodicity of the 
local resonators. The unit size length, beam material 
properties, mesh size and the boundary conditions 
were kept the same. 

 
The effect of the local resonance frequency of 

the resonators on a given impact load was studied by 

subjecting the beam to a given impact load and 
varying the local resonance frequency. The impact 
was modeled as a smooth triangular pulse of 
duration 1ms. Local resonance frequency was tuned 
by varying the resonator spring stiffness while 
keeping the mass constant. The mass was kept 
constant at 23 grams for all the cases analyzed in 
this paper. The resonator frequencies analyzed for 
this case were 600 Hz, 1000 Hz and 2000 Hz. The 
associated spring constants are given in Table 2.   

 
The effect of a fixed local resonance frequency 

on impact loads of different durations was also 
analyzed. The resonators were tuned to a resonance 
frequency of 600 Hz while three impact loads of 
duration 4ms, 2ms and 1ms were studied. Impact 
loads were chosen so that the maximum frequency 
associated with the impacts are 1000 Hz, 2000 Hz 
and 4000 Hz, respectively. The impact loads and 
their frequency spectrums are shown in Fig 2a and 
2b, respectively.  

 
2.2 Results and discussion 
 
 The effect of local resonators on the impact 
load attenuating behavior of a sandwich structure as 
compared to a beam of equivalent mass was studied. 
The impact consists of a smooth triangular pulse of 
duration 1ms and maximum frequency content of 
4000 Hz, shown as case 3 in Fig 2a. Three different 
resonator frequencies, 600 Hz, 1000 Hz and 2000 
Hz, were analyzed in order to understand the effect 
of different resonator frequencies on a given impact 
load. Fig 3a shows the resultant strains in the beams 
as measured 2m away from the impact location. It 
was ensured that no reflections are present in the 
results shown.    
 

The strains in the beam with the resonators 
can be seen to be reduced as compared to the beam 
without the resonators. It can be seen that, overall, 
the 600 Hz resonators provide better attenuation than 
1000 Hz and 2000 Hz. It should be noted that since 
the system is dispersive and due to the difference in 
wave speeds of the systems, the percent reduction in 
amplitude is difficult to judge and only a qualitative 
conclusion can be accurately made. Among the 
resonators studied, for the given impact load and as 
measured 2 m away from the impact location, the 
resonators tuned to 600 Hz offer the best 
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performance by attenuating the wave by 
approximately 26%, followed by the 1000 Hz 
resonators at 21% and the 2000 Hz resonators at 
about 11%.  This can be explained by looking at the 
frequency transform of the measured strains as 
shown in Fig 3b. The frequency spectrum of the 
input wave shows that its lower frequency content is 
considerably greater than the higher frequency 
content. From Fig 3b, the bandgaps for the 
individual resonators can be clearly seen. The 600 
Hz resonators attenuate the waves between 535-
1131 Hz, the 1000 Hz resonators create a bandgap 
between 852-1872 Hz, while the 2000 Hz resonators 
attenuate the waves above 1422 Hz. Thus, due to the 
nature of the impact load, though the higher 
frequency resonators offer larger bandgaps, the 
lower frequency resonator offers a much better 
performance by attenuating more of the lower 
frequency content. However, it should be noted that 
the bandgap width reduces considerably as the 
resonance frequency reduces and thus simply tuning 
the resonators to a lower frequency does not give the 
optimum wave attenuation characteristics. This can 
be seen in Fig 4 where it can be seen that the 600 Hz 
resonators reduce the strain more effectively than the 
100 Hz resonators. Thus, there exists a particular 
optimum local resonance frequency which would 
give the best performance. This will be studied 
further in future works.  

 
The effectiveness of a given resonator 

frequency for different impact loads was also 
studied. Fig 5a, 5b and 5c show the strain measured 
for a sandwich beam with resonators tuned at 600 
Hz, subjected to impact loads of duration 4ms, 2ms 
and 1ms, respectively. The impact loads and their 
associated frequency spectrums are shown in Fig 2a 
and 2b. It can be seen that the 600Hz resonators are 
more effective in attenuating loads with higher 
frequency content. This can be explained by the fact 
that the chosen resonators attenuate a wider 
spectrum of frequencies for pulses of duration 1ms 
and 2ms as compared to a 4ms pulse. Thus, while 
choosing a resonator frequency it is also important 
to consider the kind of impact loads expected to be 
encountered by the structure.   

 
 
 
 

3 Experiments 
 
3.1 Experimental set-up and method 

 
Impact experiments were performed in order to 

demonstrate the effectiveness of internal resonators 
for attenuating impact loads and to validate the FEM 
models used in the previous section. A 72 inch long 
sandwich beam with a rectangular cross-section of 
height 2 inch and width 1 inch was manufactured. 
Aluminum 6061 was used for the facesheets while 
the sandwich core consists of Elfoam 600 [10] with 
71 holes drilled through the thickness periodically in 
order to insert the resonators. The mass consists of 1 
inch long copper rods which were turned down 
using a lathe to a diameter of 0.42 inches. The final 
mass was measured to be 23 grams. In order to 
obtain local resonance frequencies of 100Hz and 
300Hz, springs of appropriate stiffness were 
obtained from Century Spring Corp [11]. and were 
bonded to the mass using epoxy. The bonded spring-
mass-spring resonators were then inserted into a 2 
inch long plastic casing with inside diameter 0.435 
in and were enclosed using tight fitting plastic caps. 
The resonator units were inserted into the foam and 
the facesheets were bonded to the core using epoxy. 
In order to maximize the effect of the resonators, 
they were inserted as a group, i.e., all the 100Hz 
resonators were inserted into the left half of the 
beam, while the 300 Hz resonators were inserted 
into the right half of the beam. The effective shear 
rigidity of the sandwich beam with the Elfoam 
foam-core and embedded plastic casings was 
evaluated using a three point bending test [12]. The 
dimensions and the material properties are 
summarized in Table 1a and 1b. The thickness of the 
face sheet and that of the core are denoted by hf and 
hc, respectively, and the width of the beam is 
denoted as b.  

 
To compare the results of the beam with 

resonators, two more beams were manufactured: one 
with the same total mass as the beam with 
resonators, and one without the added mass. For the 
beam with the same mass, the copper rods were 
bonded to the plastic caps of the tubes using epoxy 
and inserted periodically into the beam similar to the 
beam with resonators. For the beam without the 
added mass, empty resonator casings were inserted 
into beam core periodically.  
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Fig 6a shows the experimental set-up. The 
sandwich beams were simply supported 1 inch away 
from both ends. The input force was generated and 
measured using PCB 086C03 impact hammer. 
Bending strains were measured using 1000 Ω strain 
gauges mounted in a balanced full bridge 
configuration. In order to avoid a very short impact 
pulse, a small 0.125 in thick rubber piece was stuck 
to the upper facesheet at the point of impact. All 
three beams were impacted 15 inches away from the 
right-end while the strain signals were measured 42 
inches away from the impact point, as shown in Fig 
6b. The strain signals were amplified using an 
amplifier with a voltage gain of 500 and a low-pass 
filter tuned at 6400 Hz.  

 
The obtained experimental results are 

compared against FE models. The sandwich beams 
used in the experiments were modeled according to 
the method outlined in section 2.1. The 
experimentally measured input force was used as the 
input for the FE models while the strains were 
measured at the same location as the experiments.  

 
3.2 Results and discussion 

 
Fig 7 shows the input force generated by the 

impact hammer on the three beams. A force of 
magnitude 340 N was generated for all three cases. 
The impact for the beam with resonators was 4.2ms 
long while for the other two cases a shorter pulse of 
3.5ms duration was generated. The strains measured 
from the experiments are compared with the 
numerical results in Fig 8a, 8b and 8c. It should be 
noted that due to the length of the beam and the 
dispersive nature of the waves, there are reflections 
included in the measured results. For this discussion, 
we thus restrict ourselves to the initial part of the 
strain signal which has the least reflections included 
in it. A good match is observed for the 
experimentally measured strain signals and the 
numerical results. There are some discrepancies 
which are discussed below.  

 
An important difference between the numerical 

model and the experiments is that no damping was 
added to the numerical models. The amplitude of the 
experimentally measured strain signal can be seen to 
diverge from the numerical result with increasing 
time. Epoxy was used to bond the facesheets with 

the foam which would be expected to add to the 
material damping. Also, the casings enclosing the 
mass and the resonators are made using plastic and 
are not perfectly elastic, thus leading to some 
difference in the wave propagation behavior. For the 
beam with resonators, the maximum strain measured 
experimentally can be seen to be approximately 11% 
greater than that obtained numerically. For modeling 
purposes, it was assumed that all the local resonators 
resonate at the expected resonance frequencies. 
However, in reality this is not the case. Due to slight 
variation in the individual spring stiffness, and due 
to the possible friction between the copper mass and 
the casing interior, the resonance frequencies of the 
local resonators are in reality spread over a range of 
frequencies close to the targeted local resonance 
frequency which reduces their effectiveness.  

 

4 Conclusion  

        The response of sandwich beams with 
resonators to broad spectrum loads, such as impact 
loads, was analyzed. Finite element models were 
used to show that beams with resonators inserted in 
the core are more effective in attenuating impact 
loads than beams without resonators. It was shown 
that the choice of the resonators depends on the 
impact load duration and its frequency content. For a 
given impact, the design of local resonators can be 
optimized by looking at the frequency content of the 
input and the bandgap width generated by the local 
resonators. Transverse impact experiments were 
performed to verify the numerical results and to 
demonstrate the effectiveness of the resonators. A 
good match between the numerical results and the 
experiments was obtained. Thus, it was shown that 
sandwich beams with resonators can be used to 
better attenuate impact loads and applications 
requiring blast load mitigation.  
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Fig. 3b. Frequency spectrum of strains measured 2m 
from input. 

 

Fig. 4. Strain comparison for beams with 600Hz and 
100Hz resonators. 

Fig. 5a. Comparison of bending strains for sandwich 
beams subject to an impact load of duration 4ms.

 
b. Frequency spectrum of strains measured 2m 

Strain comparison for beams with 600Hz and 

 
a. Comparison of bending strains for sandwich 

beams subject to an impact load of duration 4ms. 

 

Fig. 5b. Comparison of bending strains for sandwich 
beams subject to an impact load of duration 2ms.

 

 Fig. 5c. Comparison of bending strains for sandwich 
beams subject to an impact load of duration 1ms.

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
b. Comparison of bending strains for sandwich 

n impact load of duration 2ms. 

c. Comparison of bending strains for sandwich 
beams subject to an impact load of duration 1ms. 
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Fig. 6a. Impact experiment set-
 

Fig. 6b. Schematic of impact experiment set
to scale).  

 

Fig. 7. Comparison of the input force generated for 
by impact hammer. 

 

 
-up. 

 
Fig. 6b. Schematic of impact experiment set-up (not 

 
. Comparison of the input force generated for 

Fig. 8a. Comparison of strains for beam without 
additional mass.

Fig. 8b. Comparison of strains for beam with fixed 
masses. 

Fig. 8c. Comparison of strains for beam with 
resonators.
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additional mass. 

 
b. Comparison of strains for beam with fixed 

 

 
c. Comparison of strains for beam with 

ors. 
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Table 1a. 
Dimensions and material constants of specimen. 

Ef 
(GPa) 

hf (m) hc(m) b(m) a(m) G(Mpa) 

68.9 1.588e-3 0.0508 0.0254 0.0254 20.0 

 
Table 1b. 
Effective properties of the sandwich beam. 
EI (Pa m4) GA (Pa m2) ρA(kg/m) ρI(kg m) 
3.7501e3 2.6988e+04 0.3363 1.7318e-4 

 

Table 2. 
Resonator parameters 

Resonator Freq. 
(Hz) 

m (kg) k (N/m) 

100 0.023 8290.46 

300 0.023 80908.23 

600 0.023 326881 

1000 0.023 908003 

2000 0.023 3632014.42 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General introduction  

Over the past several decades, the aerospace 

industry has progressively replaced metallic 

materials with polymer matrix composites (PMCs). 

First used mainly in non-structural applications, 

PMCs are now widely used in more critical 

applications, such as wings, fuselage and more 

recently, aircraft engines.  

Use of PMCs in such applications as aircraft engines 

requires materials able to withstand extreme service 

conditions, such as elevated temperatures, high 

mechanical loadings and a highly oxidative 

environment. With their exceptional thermo-

oxidative properties, rated service temperatures 

exceeding 300°C and overall excellent mechanical 

properties, polyimides set themselves apart from 

other polymer matrices and are ideal candidates for 

such applications [1]. Furthermore, recent progresses 

in the development of new polyimide formulas allow 

for easier and cheaper out-of-autoclave 

manufacturing processes, such as Resin Transfer 

Molding, to be used. 

In order for manufacturers to be able to predict the 

behavior of PMCs over the service life of a 

component, it is necessary to first understand the 

behavior of each individual phases of the material 

[2]. Therefore, when designing components for an 

application using PMCs, the first step should always 

be to analyze the behavior of the polymer matrix in 

the specific service conditions. In extreme 

environment such as an aircraft engine, the polymer 

matrix is likely to exhibit a viscoelastic behavior 

dependent on the mechanical loading and 

temperature. In addition, the combined effects of 

elevated temperature and the environment near the 

engines are likely to increase physical as well as 

chemical aging [3] and could lead to a nonlinearly 

viscoelastic behavior. 

The effect of temperature on the viscoelastic 

behavior of polymers has been widely studied by 

means of the time-temperature superposition 

principle [4,5,6]. Based on the free volume theory, 

the time-temperature superposition principle uses the 

effective time concept [7] to compare creep and 

compliance responses obtained at different 

temperatures. The concept implies that relaxation 

times, which increase with temperature, can be 

related to those at a reference temperature by a 

simple multiplicative horizontal shift factor. One 

main application of the concept consists in 

predicting long term creep responses of polymers 

using short time tests [4,5,6,8]. First developed for 

the case of polymer materials submitted to elevated 

temperatures [9], the principle of time superposition 

has since been extended to physical aging [10]. The 

combination of time-temperature and time-aging 

superposition principles allows for the prediction of 

long-term physical aging at service temperature by 

testing the material at higher temperature on a 

shorter time-scale. 

When dealing with experimental data for physical 

aging, introduction of a complementary vertical 

shifting is often required [11,12]. However, while 

many authors use vertical shifting to determine the 

horizontal shift factor, it is generally found to be 

much smaller than the horizontal shift factor [11] 

and to exhibit a random behavior [13], and thus, is 

considered to be negligible and is not included into 

the final model. Nevertheless, some authors found 

that, in some case, a general trend could be observed 

in which the vertical shift factor decreases with 

increasing aging times [11,12]. This decrease of the 

vertical shift factor with increasing aging times is 

consistent with the general increase in stiffness 
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observed in physically aged polymers. Bradshaw 

and Brinson [12] even proposed that a linear 

relationship could be observed when representing 

the vertical shift factor as a function of the logarithm 

of aging time. However, in the general case where 

physical aging as well as temperature are 

considered, the vertical shift factor is assumed to be 

temperature-dependent only. 

The time superposition principle is useful for 

evaluating the linearly viscoelastic properties of a 

material in reference conditions over a wide range of 

decades using limited experimental data. However, 

when dealing with the nonlinear behavior observed 

in extreme environment, more general models have 

to be used. A popular strategy is the development of 

thermodynamically based models in which the 

mathematical operator relating the strain and stress 

tensors meets the principles of thermodynamics, 

irrespectively of the loading histories [14]. Such a 

strategy was developed by Biot [15] in the case of 

linearly viscoelastic materials using the framework 

of the thermodynamics of irreversible processes. It 

was then extended to nonlinearly viscoelastic 

materials by Schapery [16]. In Schapery's theories, 

nonlinearizing functions were introduced to 

represent the nonlinear effect of applied strains on 

the measured stresses [17] and vice-versa [18] but 

can be easily extended to other parameters such as 

temperature [19,20]. Those phenomenological theo-

ries can be seen as extensions to the superposition 

principles to complex loading and temperature 

histories. The horizontal shift factor is replaced by 

the so-called material clock. Material clocks have 

been developed for a variety parameters including 

free volume [21], strains [17], stresses [18] or 

physical aging [22] or any combination of the 

formers [23]. More complex material clocks were 

also developed to take into account the general state 

of the material by using quantities such as the 

entropy [24] or the internal energy [25]. 

A consequent amount of work has already been 

published on the development of models for the 

horizontal shift factor as well as for the material 

clocks, taking into account a variety of parameters. 

However, development of models for the other 

nonlinearizing functions, which could be assimilated 

to vertical shift factors, have mainly been restricted 

to the inclusion of stress or strain [14,23]. In recent 

years, some authors have proposed nonlinearizing 

functions dependent on the temperature [19,20]. 

However, to the knowledge of the authors, a model 

for the nonlinearizing functions dependent on 

physical aging has yet to be proposed. 

In this paper, the mechanical behavior of a 

polyimide material submitted to elevated 

temperature is investigated using three-point 

bending tests. The dependence of the material's 

viscoelasticity on temperature and physical aging is 

examined and a model based on Schapery's 

constitutive theories [16] is developed. To that end, 

non-linearizing functions dependent on temperature 

as well as on physical aging are used.  

2 Background 

2.1 Physical aging 

In engineering, physical aging is the most common 

kind of aging and is defined as the time-dependence 

of the material properties at a constant temperature 

and without any external stimuli, such as loading 

history or environmental interactions. Therefore, its 

driving force is generally assumed to be the non-

equilibrium thermodynamic state of the material 

[26]. 

Physical aging not only has an effect on the volume 

of the material but also on its mechanical properties. 

As aging time increased, the material becomes more 

brittle and stiffer. Furthermore, since physical aging 

generally goes on during the whole service life of 

the material, it is imperative to take it into account 

when designing parts for structural applications. 

If a material is assumed to be thermo-rheologically 

simple, then the impact of physical aging on the 

mechanical properties can be evaluated by extending 

the well-known time-temperature superposition 

principle to physical aging [10]. The mechanical 

behavior of a material aged for a time    at a 

isothermal temperature  , represented by the creep 

compliance       , can be related to its mechanical 

behavior when aged for a reference time        at a 

reference temperature     , represented by the creep 

compliance               , using the relationship:   

     ( )               (
 

     
) 

(1) 
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3  

TIME-TEMPERATURE BEHAVIOUR OF MVK-10 MATRIX 

where       is the horizontal shift factor. When 

combining time-temperature and time-aging super-

position, the shift factor       can be decomposed 

into the product of two shift factors, namely the 

temperature shift factor    and the physical aging 

shift factor    . 

In his work, Struik [10] proposed that, if a material 

is aged at an isothermal temperature   for a time   , 
then the shift factor     follows the linear 

relationship on the log-log scale: 

   (    )  (
      
  
)
 ( )

 (2) 

where  ( ) is the shift rate and is dependent on the 

aging temperature. 

When dealing with complex temperature histories, 

physical aging in a material is evaluated using the 

relative depart from volumetric equilibrium   

defined as: 

 (   )  
 (   )    ( )

  ( )
 (3) 

where   and    are the instantaneous and 

equilibrium volumes respectively. When a material 

is aged, it finds itself in non-equilibrium state 

characterized by its volume  . As physical aging is 

progressing, the volume slowly relaxes towards its 

equilibrium volume   . This volume relaxation can 

be modeled using the KAHR model in which the 

volume relaxation kinetics can be expressed as [26]: 

 (   )  ∑   (   )

 

   

 (4a) 

   
  

(   )   
    (   )

    
 (4b) 

where    is the component of the volumetric 

relaxation associated to the inverted relaxation time 

   in the reference state and    is the so-called 

structural shift factors. In the KAHR model, the shift 

factors are defined using the relationships:  

      [   (      )]
 (5a) 

      [    (   )]
 (5b) 

where    and    are adjustable parameters. 

The KAHR model was adapted to the problem of 

physical aging by assuming that a linear relationship 

exists between the logarithm of the aging shift factor 

    and   [7,27]. In this new KAHR-ate model, the 

aging shift factor is expressed as: 

 

   (   )
 (

  
      (   )

)

  

 (6) 

where    and    are adjustable parameters 

determined at the reference temperature.      is used 

to scale the shift factor   at a reference aging time 

from the current temperature to the reference 

temperature and is defined as: 

     
  (            )

  (        )
 (7) 

Models such as the KAHR-ate models assumed that 

the viscoelastic behavior of a material in any service 

conditions can be obtained from the properties of the 

material in reference conditions using appropriate 

horizontal shift factors. However, in some cases, use 

of a vertical shift factor     can be necessary in order 

to obtain good master curves [11,12]. This lead to 

the following modification to Equation (1): 

     ( )                    (
 

     
) 

(8) 

2.2 Schapery’s constitutive theories 

When dealing with complex loading and 

temperature histories, more general models have to 

be used to represent the material behavior. One such 

model is the constitutive theory developed by 

Schapery [16] to predict nonlinearly viscoelastic 

behavior. This theory, based upon the 

thermodynamics of irreversible processes, has been 

developed in a number of papers over the last forty 

years and is best known in its unidirectional stress-

based hereditary integral form [28]: 
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(    )
    

   
    (9) 

where    and    are the instantaneous and transient 

compliance, respectively. In this case,    is 

expressed as a Prony series: 

   ∑  

 

   

[     (    )]
 (10) 

where   is the component of the material’s 

compliance associated to the inverted retardation 

time   . 

  is the material clock and is a generalization of the 

horizontal shift factor to complex histories, leading 

to: 

  ∫
  

     ( )

 

 

 (11) 

  ,   and    are nonlinearizing functions introduced 

to represent the nonlinearly viscoelastic behavior of 

polymers in extreme conditions. Those functions 

could be considered as generalization of the vertical 

shift factor    . A lot of works in the literature have 

concentrated on the development of stress-dependent 

nonlinearizing functions [14,23]. For example, 

Schapery [22] considered the non-linearizing 

functions to be quadratic functions of stress. Lai and 

Bakker [23] proposed that    should be dependent 

of the first stress invariant while    and   would be 

dependent on the effective octahedral shear stress. 

Sawant and Muliana [19] proposed temperature 

dependent nonlinearizing functions by assuming that 

function    was a linear function of the temperature 

while    and    were  exponential functions of the 

temperature. Muliana and Sawant [20] assumed that 

all three functions were polynomial functions of 

temperature. 

3 Experimental 

3.1 Material 

The material studied is a polyimide matrix 

formulated for high temperature applications. All 

samples used for testing were cut from a 12.7cm 

thick panel using a high precision low speed saw 

equipped with a diamond wafering blade. In 

compliance with ASTM D2990 standard, sample 

dimensions of 12.7mm in width, 3.18mm in 

thickness and 70mm in length were used.  

The material's dry glass transition temperature,   , 

was investigated using a Dynamic Mechanical 

Analyzer (DMA) TA Q800, following the procedure 

proposed in FAA Regulation No DOT/FAA/AR-

00/47 (Material Qualification and Equivalency for 

Polymer Matrix Composite Material Systems), 

which means using a testing frequency of 1Hz and a 

heating rate of 5°C.min
-1

. For aerospace application, 

the glass transition temperature is defined as the 

onset of storage modulus which is determined by the 

intersection of the two slopes from the storage 

modulus on a logarithmic scale. This temperature 

was then used to determine the aging temperatures 

for the following aging tests. 

3.2 Three-point bending testing at elevated 

temperatures 

The polymer's mechanical properties were 

investigated using three-point bending tests 

conducted on an MTS Insight 50kN 

electromechanical load frame equipped with a Lab-

Temp LBO-series box environmental chamber from 

Thermcraft Inc.  

The mechanical tests were performed using a 

homemade three-point bending fixture, designed in 

compliance with ASTM D790 and ASTM D2990 

standards for flexural properties of unreinforced 

plastics and flexural creep of plastics, respectively. 

The loading nose of the fixture was mounted on a 

1kN crosshead which was controlled using MTS 

TestWorks 4 software. Using such a small crosshead 

allowed for an increased accuracy when measuring 

the applied load (±0.1N) and the displacement of the 

loading nose (±0.01mm). Temperature control was 

achieved by setting the temperature in the air 

surrounding the sample with the thermal controller 

while monitoring the specimen temperature with a 

thermocouple. The maximum deflection at the 

middle of the beam was directly obtained from the 

crosshead's displacement. 
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In order to measure the dependence of the polymer's 

mechanical properties to temperature and physical 

aging, series of creep tests were performed at 

various temperatures using the methodology 

proposed by Struik [10] for short-term isothermal 

aging tests. To that end, the material was first heated 

to the testing temperature and then a series of creep 

and recovery tests were performed at increasing 

intervals, with the duration of each creep tests equal 

to 10% of the total aging time as shown in Fig. 1.  

The first creep test began two hours after the aging 

temperature is reached. Subsequent creep and 

recovery tests began after 4h, 8h, 16h and 32h 

respectively. 

In order for physical aging effects to be measurable 

on the lab-time scale (approximately 48 hours), 

testing temperatures were chosen slightly below the 

glass transition temperature, namely,          

    ,              ,              , 

              and             . Also, when 

using three-point bending tests to evaluate the 

mechanical properties, it is important to keep inside 

the limits of linear viscoelasticity. Therefore, the 

tests were performed at a creep level of 10MPa.  

Since testing was performed at elevated temperature 

inside an environmental chamber, it was necessary 

to evaluate the effect of temperature on the whole 

setup during testing in order to be able to separate 

the beam's deflection due to thermal effects and the 

deflection due to mechanical behavior. To that end, 

correction tests were performed at each testing 

temperature by submitting a sample to a small 

contact load of 1N. Data from one such correction 

test can be found in Fig. 1. It shows that the initial 

increase in temperature is accompanied by an overall 

thermal expansion of the setup. Then, shortly after 

the test temperature is achieved, the beam's 

deflection reached a maximum before decreasing. 

This decrease in the deflection can be explained by a 

contraction of the polymer sample due to physical 

aging. Finally, the beam's deflection due to the 

mechanical behavior is obtained by subtracting the 

correction data from the creep and recovery data, 

leading to displacement data such as presented in 

Fig. 2. From this data, it can be seen that increasing 

the test temperature leads to a much more compliant 

material, Furthermore, the creep and recovery times 

are increased as demonstrated by the fact that, at 

higher temperatures, the material does not fully 

recover between two creep tests. 

4 Model development 

The aim of this work is to propose a model capable 

of predicting the viscoelastic behavior of the 

material under various temperature and physical 

aging histories. 

 

Fig. 1: Temperature and loading histories applied to the 

sample during a test. The data in blue represent the 

crosshead’s displacement for a combined stress and 

temperature history. The data in red represents the 

crosshead’s displacement for temperature history only. 

Subtracting the red data from the blue data allows for the 

evaluation of the crosshead’s displacement due to the 

mechanical strain. 

 

Fig. 2: Corrected creep and recovery data for the five test 

temperatures. Increasing the test temperature leads to a 

much more compliant material, Furthermore, at higher 

temperatures, the material does not fully recover between 

two creep tests. 
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Since a lot of previous work has been done on the 

development of horizontal shift factors and material 

clock, the main subject of this work is the 

development of the nonlinearizing functions   , 

   and    taking into account temperature and 

physical aging. 

The temperature dependence of the nonlinearizing 

functions is introduced using the arctangent function 

instead of the exponential or polymeric functions 

often used. The main advantage of this function is 

that it is bounded for arguments converging towards 

±∞ while also exhibiting a monotonic behavior. 

Therefore, the temperature-dependent nonlinearizing 

functions can be written: 

            [  (      )]
 (12) 

where    and    are adjustable parameters and 

      . 

In their work, Bradshaw and Brinson [12] proposed 

a linear relationship between the vertical shift factor 

    and the logarithm of aging time when 

considering isothermal aging:  

          (
  
      

) 
(13) 

where   is an adjustable parameter. Using Equations 

(2), (5b) and (6), it can be shown that Equation (12) 

is similar to assuming a linear relationship between 

    and  . Therefore, assuming that all 

nonlinearizing functions follow the same 

relationship with aging leads to: 

    
(   )      ( ) (   )

 
(14) 

where   ( ) are an adjustable parameters dependent 

on temperature. 

Finally, the temperature- and physical aging-

dependent nonlinearizing functions are obtained by 

multiplying the functions proposed in Equations (12) 

and (13): 

  (   )     (   )    
(   ) 

(15) 

5 Results analysis 

The experimental data obtained from the series of 

creep and recovery tests performed at various 

temperatures is used to obtain the set of material’s 

parameters necessary for the model proposed in 

Section 4. 

5.1 Optimization of the material’s parameters 

The optimization of the material’s parameters has 

been performed using the multi-objective 

minimization algorithm fminimax from the software 

Matlab's optimization toolbox. The optimization 

problem solved by this function can be written as: 

   
 
   
 
(
∑ [         ( )]

   
   

∑     
   

   

) 
(16) 

where      and      are the numerical and predicted 

values for the      datapoint from the     data-set, 

respectively.    is the number of datapoint for the 

    data-set and   is the set of material's parameters 

to optimized. The function fminimax optimizes the 

material's parameters by minimizing the worst-case 

scenario  . 

The optimization of the material’s parameters is 

performed using all the experimental data presented 

in Fig. 2, simultaneously. 

5.2 The set of material’s parameters 

The set of material’s parameters to optimize includes 

the viscoelastic properties   ,    and    in reference 

 

Fig. 3: Experimental data (dashed lines) and model’s 

predictions (continuous lines) for the five test 

temperatures. The model leads to a very good fit of the 

experimental data. 
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conditions. The reference conditions in this case are 

              for the temperature and     (  

       )    for the physical aging. The number of 

inverted retardation times    is fixed to one by 

decade from      
      up to      

    .  

The horizontal shift factor is modeled using the 

KAHR-ate model as recalled in Equation (3) to (7). 

In this work, the kinetic Equation (4) is solved using 

a 4
th
 order Runge-Kutta scheme. The initial value is 

chosen to be: 

 (   )  ∑   (   )    (    )

 

   

 (17) 

where    is the glassy coefficient of thermal 

expansion and    is the initial or storage tempe-

rature. The inverted relaxation times    are chosen 

similarly to the inverted retardation times   . Thus, 

the parameters necessary for the horizontal shift 

factor are    ,    ,    ,   ,    and   . 

The vertical shift factors used are the ones proposed 

in Equations (12), (14) and (15). In order to use 

them,   ,    and    for   {     } must be computed. 

5.3 Model’s prediction 

Experimental data and model predictions are 

presented in Fig. 3.  

The model is able to represent the viscoelastic 

behavior of the material with great accuracy for all 

temperatures considered. 

The evolution of the horizontal shift factor with 

respect to temperature and physical aging is 

represented in Fig. 4. It can be seen that an increase 

in the aging temperature leads to a decrease of the 

overall value of the shift factor, i.e. the material 

becomes more compliant, and an increase in its 

slope, which means that as temperature increase, 

physical aging has more and more importance. 

Furthermore, the slope is positive, thus increasing 

aging time leads to a stiffer material. 

The dependence of the nonlinearizing functions to 

physical aging at the reference temperature is 

represented in Fig. 5. It can be seen that the absolute 

values of the nonlinearizing functions decrease with 

increasing aging time, which, once again, means that 

increasing aging times leads to a stiffer material. 

During the 40 hour-test, the absolute values for the 

nonlinearizing functions decrease by about 3% for 

   and by about 0.5% for    and   . Compared to 

the absolute values for a fully aged material, the 

nonlinearizing functions at the beginning of the test 

are about 6% higher for    and about 1% higher for 

   and   . A decrease of 6% of    between an 

unaged and a fully aged material means that the 

instantaneous compliance modulus decreases by 6% 

during the service life of the material, which is non-

negligible and must be taken into account when 

designing parts. On the other hand, the dependence 

 

Fig. 4: Evolution of the horizontal shift factor with 

respect to aging temperature and physical aging time. 

Increasing temperature leads to a decrease of the absolute 

value of the shift factor while, increasing aging time 

leads to an increasing shift factor. 

 

 

 

 

Fig. 5: Evolution of the nonlinearizing functions at the 

reference temperature with respect to aging time. The 

slopes are negative which means that the material 

becomes stiffer as aging time increases. The function    

seems to have more importance than the other two. 
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of    and    to physical aging seems much less 

important. 1% is not much of an impact. However, 

when using creep and recovery tests, it can be 

difficult to separate the nonlinearizing functions 

   and    and the material clock. Since the material 

clock is much more dependent to physical aging 

than the nonlinearizing functions, the dependence of 

those functions to physical aging is difficult to 

evaluate. 

6 Conclusion 

In this work, nonlinearizing functions for the well-

known Schapery hereditary integral, dependent on 

temperature as well as on physical aging have been 

proposed. 

The set of model’s parameters have been obtained 

using Matlab’s fminimax optimization function and 

experimental data obtained from series of creep and 

recovery data at various temperatures.  

The model’s capacity to represent the experimental 

data has been evaluated and was shown to be very 

good.  

At the reference temperature, just below the glass 

transition temperature, the nonlinearizing function 

   was shown to have a non-negligible dependence 

to physical aging. However, for the other two 

nonlinearizing functions,    and   , this dependence 

is not as clear-cut. 

The results presented in this paper shows that when 

designing parts using polyimide matrix for high 

temperature structural applications, nonlinearizing 

functions dependent on physical aging as well as an 

horizontal shift factor are needed to take into 

account the effects of physical aging on the 

viscoelastic properties of the material over its 

service life.  
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction 

  

The modification of metal surfaces with organic 

monolayers and thin films is a vast subject that 

impacts upon a wide variety of technologically and 

scientifically important areas. Such monolayers, 

often referred to as self-assembled monolayers 

(SAMs), are used in fields such as catalysis, 

corrosion protection studies, lubrication, adhesion, 

chemical sensors, biological applications (as 

platforms for the studies of protein adsorption and 

cell adhesion due to their simplicity and flexibility), 

control of the wetting properties, lithographical 

applications and molecular electronics. 

 

Adhesion promoters are dedicated organic molecules 

used in composite industries to improve stress 

transfer between organic polymer matrix and the 

reinforcing element. The process of spontaneous 

adsorption and organization of adhesion promoters 

from dilute solution has been successfully employed 

previously with a number of long chain molecules at 

metal surfaces and the method offers a simple and 

attractive method for surface modification at the 

single monolayer level [1-2]. 

 

Adhesion promoters are usually prepared by 

immersion of solid substrates in solutions containing 

reactants that spontaneously adsorb on the surface 

and form an ordered structure. They are thus 

particularly attractive in designing and controlling 

the surface properties [3]. The ordered final structure 

results from the combination of three factors: the 

anchorage on the substrate surface, the Van der 

Waals lateral interactions between the aliphatic parts 

of the molecules (self-assembling), and the nature of 

interactions between the terminal functional groups. 

 

An understanding of the mechanisms governing the 

growth and structure of this thin organic layer [4] is 

a major step forward for optimal performance of the 

resulting composite material. This study focuses on 

the properties of coupling agents (i.e. adhesion 

promoters) on various substrates. The study of the 

structuration of these ultra-thin layers is based on a 

multi-technique and multi-scale approach. On the 

basis of surface advanced  spectroscopic and 

microscopic  techniques, the present study contribute 

to understanding the mechanisms that govern 

adsorption, growth, structuration of coupling agent 

ultra-thin layers on inorganic substrates [5].  All 

results presented in this work demonstrate the 

interest of multi-techniques and multi-scales 

approach in the characterization of ultra-thin organic 

films. 

  

2 Experimental 

2.1 Grafting conditions  

The substrates for grafting are glass plates covered 

by gold, aluminium, copper, or zinc, which have 

suffered several cleaning treatments before direct 

contact with the thiol, amine or silane molecules. 

Indeed, a monolayer of 3-mercaptopropyltriethoxy 

silane is grafted on glass plates previously cleaned. 

This layer coupling agent provides a good deposit of 

the metal layer having a thickness of 120 nm. This 

thickness is optimal in terms of surface reflectivity 

and well adapted to the various spectroscopic 

techniques of analysis. After metallic deposition, the 

grafting is done by immersing the substrate in a 

solution of coupling agent molecules in ethanol. 

 

Thiol, amine and silane based coupling agent 

molecules are purchased from Aldrich and were 

adsorbed from solution onto the different substrates 

(Au, Al, Cu, Zn). The grafting is done by immersing 
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the substrate in a solution of adhesion promoters 

(thiols, amines or silanes)  in ethanol. 

 

A wide number of coupling agent molecules were 

studied, having different head a tail groups as well 

as different chain length. Nevertheless, the results 

obtained on only few of them will be given in the 

present paper. 

 

These are for amine anchoring group the 

hexadecylamine, for HS anchoring group the 

hexadecanethiol, , 11-mercaptoundecanoic acid, 

methyl-11-mercaptoundecanoate, aminothiophenol 

and for silane anchoring group the 

hexadecyltrichlorosilane, 1H,1H,2H,2H perfluoro 

decylmethyldichlorosilane, (6-aminohexyl)-amino 

propyltrimethoxysilane and 2(carbomethoxy) 

ethyltrichlorosilane. 

 

2.2 Techniques for interface characterization 

A variety of analytical techniques were used to 

characterize the different substrates and 

interface formed through adhesion promoters 

grafting.  The characterization techniques used for 

this study were: wettability to access surface energy 

of the substrates before and after grafting, atomic 

force microscopy (AFM) to characterize the 

morphology of the organic thin layer formed, and 

polarization modulation infrared spectroscopy in 

reflection mode (PM-IRRAS) to access the 

molecular orientation of the adsorbed molecules [6]. 

Ellipsometry also helps us to determine, in some 

cases the thickness of the adsorbed layer. 

 

3 Results and discussion  

3.1 AFM results  

Atomic Force Microscopy (AFM) in tapping mode 

is a technique used in our study in order to extract 

information on the adsorption substrates, on the 

organization of functional molecules present at the 

grafted substrates surface and to obtain quantitative 

measurements of some parameters such as size and 

organization of identified structures. 

 

Figure 1 shows characteristic AFM images in 

tapping mode of the some of the metallic substrates, 

namely gold, copper and zinc. 

 

 

 

 

Fig. 1: AFM (tapping mode) images of gold (a), 

copper (b) and zinc (c) substrates. 

 
 

For gold substrate it can be observed a characteristic 

organization of gold atoms into substantially 

spherical islets with a size of about 30 nm to 40 nm. 

The phase contrast image is the most interesting 

because it reveals in particular intergranular 

contrasts. The average roughness is equal to 1.2 nm. 

 
In the case of the copper substrate, the morphology 

is similar to the gold substrate, but with a larger size 

of islets about 60 nm resulting in a higher roughness 

equal to 1.4 nm.  

 

The phase contrast images of the zinc substrate after 

metallization show a characteristic organization of 

zinc atoms in platelet aggregates of mean size 150 

nm. Roughness is then rather high (54 nm) that will 

make difficult further analysis by polarization 

modulation infrared spectroscopy in reflection mode 

(PM-IRRAS) to access the molecular orientation of 

the adsorbed molecules. 

 

Just after immersion in the solution of coupling 

agents (thiols, amines or silanes), homogeneous 

 

a b ca b c

 

a b ca b c

 

a b ca b c
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deposit is observed, as well as an island structure of 

individual average size equal to 30 nm. This size 

does not depend on the nature of the substrate. 

However intermediate structures have been observed 

for short immersion time. They seem to depend on 

the nature and morphology of the substrate. For 

optimum immersion time, there would be 

stabilization alkyl chains by lateral van der Waals 

interactions leading to a restructuring of the alkyl 

chains in stable nanodomains of characteristic size 

30 nm, regardless of the substrate. 

 

3.2 Thickness of the adhesion promoter layer  

The adsorption leads to the achievement of dense 

monolayers and compact in most cases. The 

difference in thickness, depending on the adhesion 

promoter / substrate under investigation can be 

explained in two ways: a difference of conformation 

and therefore a difference of alkyl chains tilt angle 

from the normal to the substrate, or by a different 

covering density. As an example Table 1 gathers the 

thickness values of coupling agent layers formed 

after adsorption and measured on different 

substrates, and thus for two types of molecules, 

namely amine and thiol based molecules.  

 

 

 

Table 1: Thicknesses of amine and thiol based 

coupling agent layers after adsorption on different 

substrates. 

 

One can see that on rather smooth substrate (Au, Cu) 

for which the average surface roughness is smaller 

than the coupling agent molecule extended length, 

these latter form dense and compact monolayer the 

thickness of which is close to the size of the 

coupling agent molecule. On the contrary, on rough 

substrate (Zn), adsorption and grafting is less 

efficient leading to a low surface covering and 

probably to an heterogeneous grafted surface. For 

this reason we will further focus on the adsorption 

and structuration of coupling agent molecules on 

gold or cupper substrates. 

 

3.3 PM-IRRAS analysis of ultrathin films 

The PM-IRRAS technique, known for its 

adaptability to analyze ultra thin films on metallic 

substrates, was employed to check both the 

chemisorption and the anisotropy of thiols on the 

gold surface. By applying the reflection-absorption 

selection rules one can access the orientation state of 

the coupling agent molecule as well as the 

associated angle value: changes in bands intensity 

relative to the bulk (considered as the isotropic state) 

are relevant to preferential orientation and 

anisotropy. 

 

The basis and the principles of this technique were 

extensively described in our previous works [7-8] 

and can be summarised as: an intensification of an 

IR band is observed when the corresponding 

transition dipole moment is orientated parallel to the 

substrate normal. 

 
All spectra were done with a PMA 50 PM-IRRAS 

Modulus (Bruker Optics) and all spectra were 

recorded with a MCT detector under experimental 

conditions of 2000 scans, resolution of 2 cm
-1 

and 

85° as beam incidence angle. A ZnSe photoelastic 

modulator provided by HINDS was used and IR 

beam polarization plane modulation frequency was 

set to 100 kHz. It is important to note that all the 

PM-IRRAS spectra have been scaled in order to 

present them together with the transmission spectra, 

thus making the comparison easier. 

 

3.4 Kinetic of adsorption and surface covering 

During grafting of coupling agent molecules on 

metallic substrates, the monolayer formation is 

defined by a simplified two-step process: 

 

(1) A fast process characterized by the evolution of 

surface coverage versus time. The amount of grafted 

Coupling agent Substrate Thickness (Å)

Gold 19

Copper 16
1--hexadecanethiol

Zinc 11

Gold 12

Copper 101- hexadecylamine 

Zinc 3

Coupling agent Substrate Thickness (Å)

Gold 19

Copper 16
1--hexadecanethiol

Zinc 11

Gold 12

Copper 101- hexadecylamine 

Zinc 3
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molecules increases until a fully covered surface is 

obtained. The kinetics of this step depends on the 

solution concentration, the temperature and the 

nature of the adhesion promoter. 

(2) A slower process during which grafted molecules 

reorganize in well-packed structures. This self-

assembling depends on the chemical with the 

substrate and physical interactions between grafts, 

which greatly affect the adsorption (covalent 

bonding), the orientation and the packing density of 

the surface species. It is of major importance to note 

that self-assembling begins before total coverage of 

the surface is obtained, as shown in Fig. 2. 

According to the literature this step could take hours. 

 

 
 

Fig. 2: Surface coverage ( ) versus grafting reaction 

time. 

 

At the end of the second step, the modified surface is 

covered by organized monomolecular assemblies 

that arise as a compromise between many 

parameters, such as covalent bonding and 

intermolecular interactions between adjacent 

adsorbed adhesion promoter  molecules. 

 

According to Fig. 2, points A, B and C do not 

present the same grafted surface and could be 

defined according to the surface coverage ( ) and 

assembly organization: 

 

(1) A(t1, 1): partially covered surface ( 1<1) 

obtained after a period 1 of grafting reaction. 

(2) B(t2, 2): fully covered surface ( 2=1) but 

incomplete structural organization of grafted species 

(time t2). 

(3) C(t3, 3): fully covered surface with stable 

structured assemblies packed in the monomolecular 

film of thiol molecules. Thus, on the basis of many 

works, we consider that for 3 mM solutions a 

grafting time of 12 h leads to fully covered surfaces. 

 

Experimentally, we will illustrate this kinetic of 

adsorption for the aminothiophenol adhesion 

promoter [9]. Atomic force microscopy was used to 

image surfaces prepared by varying the grafting 

reaction time. Atomic force microscopy images in 

tapping mode of gold substrates after recorded at 

different grafting times show (Fig. 3) relevant 

differences for times 25, 90 and 180 min. 

 

 

 
 

Fig. 3: AFM topographic images (5 µm x 5 µm) of 

N25, N90 and N180  surfaces (z range = 20 nm).  

 

This topographic comparison of NH2-modified 

substrates is very significant in terms of 

monomolecular film formation (all modified 

substrate topographic images were acquired with a 

vertical range of 20 nm). 

 

The surface evolution does not show packed 

structures after 25 min. Such packed organizations 

became detectable (300 nm) only after 90 min of 
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grafting. Furthermore, surfaces prepared at 180 min 

(and more) were covered by stable thiol-packed 

islands (650 nm). We should mention that island 

diameters were measured directly by AFM. 

Calculated values represent an average of three 

measurements (uncertainty was 30 nm) 

 

We would consider that measurements done at 25, 

90 and 180 minutes correspond to different 

coverage–organization evolutions. On the other 

hand, these substrates were analyzed by PM-IRRAS 

technique and significant differences were observed 

between samples, for instance after 90 and 180 

adsorption times (Fig. 4). 

 

 
 

Fig. 4: PM-IRRAS spectra of N90 and N180  

aminothiophenol gold grafted surfaces. Grafting 

times were respectively 90 and 180 minutes. 

 

Two spectral zones are of particular interest. First 

the 3100 – 3600 cm
-1

 absorption domain which 

corresponds to NH2 stretching mode and attributed 

to intermolecular hydrogen bonds between NH2 

functional groups, and second, the 1550 – 1700 cm
-1

 

absorption domain which is relative to NH 

deformation mode of NH links. Comparing these 

spectra and taking into account the PM-IRRAS 

selection rules, we can deduce that band intensity 

changes are related to the orientational evolution of 

the NH2 grafts. More precisely, the NH2 band, which 

is relatively strong for 90 min. adsorption time, is 

not present on the 180 min. spectrum. Thus, we 

conclude that after 180 min. of reaction, the NH2 

grafts reorient in the plane of the surface, whereas 

they were almost perpendicular to the substrate after 

90 min. (Scheme 1). 

 

 
 

 

Scheme 1:  Schematic representation of NH2 grafts 

reorientation at two different grafting times (N90 and 

N180).  

 

3.5 Structuration of adhesion promoters at 

interfaces  

The study of the molecular conformation of 

adhesion promoters adsorbed on inorganic substrates 

was made by the analysis of the FTIR spectral 

responses of adhesion promoter thin films using PM-

IRRAS spectroscopy. Great numbers of molecules 

where adsorbed and their structuration were 

systematically investigated. Nevertheless, detailed 

results will be given hereafter only for a few of them 

in order to focus on the methodology we used.  

 

3.5.1 Structuration of 11-mercaptoundecanoic 

acid 

 

11-mercaptoundecanoic acid [HS-(CH2)10-COOH] 

adhesion promoter was grafted by immersion of the 

gold substrates for times ranging between 1 hour and 

15 hours in a 3 mM solution of the acid in methanol 

After this adsorption procedure, the grafted 

substrates were systematically washed to remove 

ungrafted molecules.  

 

The PM-IRRAS technique allows checking both the 

chemisorption and the anisotropy of thiols on the 

gold surface. The access to a detailed description of 

the adsorbed layer of the 11-mercaptoundecanoic 

acid on the gold surface by PM-IRRAS can be 
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achieved by comparing the PM-IRRAS spectrum of 

the grafted surface with the bulk transmission 

spectrum (considered as the isotropic signal) of the 

adhesion promoter molecule considered, as shown in 

Figure 5.  
 

 
 
Fig. 5: Comparison of a) the bulk transmission 

spectrum of 11-mercaptoundecanoic acid and b) 

PM-IRRAS spectrum of the gold surface after acid 

grafting (immersion time = 3 hrs) 

 

Details of the attribution and the position of the acid 

main infrared bands are presented in Table 2. 

 
 

 

Position (cm-1) 

 

Vibrational mode 

 

Abbreviation 

2920 Asymmetric CH2 stretching  as(CH2) 

2849 Symmetric CH2 stretching s(CH2) 

2565 (very weak) S-H stretching (SH) 

1712 Carbonyl stretching (C=O) 

1590 Carbonyl stretching (H-Bonds) (C=O) 

1400-1471 CH2 scissoring s(CH2) 

1190 OC-O stretching (OC-O) 

 

 
Table 2: Characteristic infrared vibration modes of 

11-mercaptoundecanoic acid 

 

Firstly, Figure 5 shows that the acid characteristic 

main bands are present in the PM-IRRAS spectrum 

of the grafted surface indicating that the 

chemisorption of the 11-mercaptoundecanoic acid 

occurs with an optimal grafting density. Indeed, 

spectra recorded over an immersion time period 

ranging from 1 hour to 15 hours show that for 

immersion time of 3 hours or more, the formation of 

a closely packed monolayer is achieved. The 1590 

cm
-1

 vibration mode is assigned to the carbonyl 

stretching mode of carboxylic acid groups involved 

in strong acid-base interactions (H-Bonds) induced 

by lateral packing of the thiol molecules after 

adsorption and self-assembling. Even if not used for 

quantitative calculation of the alkyl chain orientation 

angle, the presence of this band demonstrates the 

self-organization and strong packing of acid ended 

thiol molecules. 

 

Moreover, as mentioned before, changes in bands 

intensities between the bulk and the thin layer are 

typically due to molecular anisotropy. To study the 

orientation of acid SAMs, the evolutions of four 

main vibration modes were more precisely analyzed: 

as(CH2), s(CH2), (C=O), and (OC-O): 

 

- The s(CH2) band intensity in the PM-IRRAS 

spectrum decreases relatively to the as(CH2) one 

when comparing with the bulk signal. Such a 

variation indicates that the s(CH2) transition dipole 

moment is more parallel to the surface then the 

as(CH2) one (selection rules). 

- The (C=O) band intensity around 1712 cm
-1

 

decreases in the PM-IRRAS spectrum (compared to 

the bulk) indicating a quasi-parallel orientation of its 

transition dipole moment with respect to the 

substrate plane. 

- The (OC-O) band intensity (at 1190 cm
-1

) is 

comparable in the PM-IRRAS and transmission 

spectra. 

  

It can be deduced that the parallel orientation of the 

s(CH2) and (C=O) transition dipole moments 

could only be possible if the molecule main axis and 

plane are quasi-perpendicular to the surface plane. 

11-mercaptoundecanoic acid is grafted with a slight 

tilt with respect to the substrate normal which is the 

typical anisotropy for self-assembled monolayer. 

  

For an exact representation of the global geometry, 

two main angles should be considered: 

-  : the tilt angle with respect to the substrate 

normal. 

-  : the angle separating the main chain axis and the 

normal in the chain plane 
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The calculation of these angles is needed to confirm 

the qualitative interpretation of PM-IRRAS 

spectrum. For such a calculation it is known that in 

PM-IRRAS, the band intensity of a vibration mode 

is related to the bulk one (transmission) via a 

geometrical function F defined by the orientation of 

the corresponding transition dipole moment:  

Ii   [Fi( ,  ..)]
2
. Ai 

 

Where Ii is the PM-IRRAS experimental integrated 

intensity of a given band, and Ai is the bulk isotropic 

state integrated intensity (these two parameters are 

experimentally obtained).  

After the determination of F for the chosen bands, 

the calculated values of  (31°) and  (32°) are in 

excellent agreement with a quasi-perpendicular 

orientation of the 11-mercaptoundecanoic acid on 

the gold surface and are consistent with those 

mentioned in the literature. Indeed, the results 

obtained highlight the importance of hydrogen 

bonds that promote the formation of a compact 

monolayer in which the molecules are oriented 

almost in the normal direction with respect to the 

substrate plane. 

 

3.5.2 Structuration of methyl-11-

mercaptoundecanoate  

 

What will happen when the end functionality of the 

thiol adhesion promoter changes from acid to ester ? 

  

Significant differences were observed between the 

bulk transmission FTIR spectrum and the PM-

IRRAS spectrum of the adsorbed monolayer (Fig. 

6). The study of the molecular conformation of thiol-

ester adhesion promoters adsorbed  on gold substrate 

was made by the analysis of spectral responses of 

methylene functional groups of the alkyl chains, 

absorbing in the wavelengths 2800-3000 cm
-1

 

interval. Comparison shows that there is indeed 

alkyl chains conformational anisotropy. 

 

Two main points can be discussed according to 

Figure 6: 

 

- The characteristic vibration modes of the ester are 

present on the PM-IRRAS spectrum indicating that 

the adsorption occurred on the gold surface. 

 

 

 

Fig. 6: Comparison of a) the bulk transmission 

spectrum of methyl-11-mercaptoundecanoate and b) 

PM-IRRAS spectrum of the gold surface after thiol-

ester grafting. 

 

- On the PM-IRRAS spectrum, s(CH2) and as(CH2) 

bands preserve almost the same intensity ratio as in 

the bulk while the as(CH3) band becomes very 

intense compared to all the other one. On the other 

hand the (C=O) band remains very intense 

compared to the s(CH2) and as(CH2) bands.  

 

These changes are possible only if the main plane 

and axis of the molecule are more parallel than 

perpendicular with respect to the gold substrate. 

According to this representation s(CH2) and 

as(CH2) transition dipole moments are both in an 

intermediate position between parallel and 

perpendicular with respect to the gold surface while 

the as(CH3) transition dipole moment is almost 

perpendicular and thus justifying the high intensity 

of its band on the PM-IRRAS spectrum. 

 

The calculated values of the orientation angles for 

the thiol-ester grafts are  = 52° and  = 54°. 

According to these results, when grafting the 

methyl-11-mercaptoundecanoate on the gold 

surface, it can be deduced that the formation of 

anisotropic monolayer with a rather flattened 

orientation with respect to the substrate plane is 

obtained, thus leading to a low grafting density. This 

ester adsorption geometry is justified by the absence 

of high energy of interactions such as hydrogen 

bonds between the ester terminal functionalities. 
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Steric hindrance of ester end group do not allow 

alkyl chain packing trough van der Waals 

interactions as one could suspect. 

 

3.6 Influence of substrate on structuration  

 

The study of the molecular conformation of 1-

hexadecanethiol and 1-hexadecylamine adsorbed on 

metallic substrates was made by the analysis of 

spectral responses of the most intense vibrators 

located in the wavelengths 2800-3000 cm
-1

 interval. 

Significant differences were observed between the 

bulk spectrum and PM-IRRAS spectra of adsorbed 

monolayers. The calculation of the orientation 

angles of the grafted molecules relative to the 

normal to the substrate surface (determined using the 

selection rules specific to the PM-IRRAS 

spectroscopy) show that the alkyl chains are 

organized during the adsorption. They are in trans-

trans conformations and exhibit a tilt angle from the 

normal to the plane of the interface ranging between 

19° to 39° depending on the nature of the inorganic 

substrate. Broadly speaking, the tilt direction of 

alkyl chain depends on the nature of the, but 

depends mainly on the nature of the anchoring group 

(thiol or amine in the present case) functionalities. 

The lateral van der Waals inter-chains forces 

determine the orientation of chains within the layer. 

 

Moreover, the results obtained showed that 

alcanethiols establish chemical bonds at the interface 

with a large variety of inorganic substrates or 

metallic substrates. In the case adsorbed alkylamine 

on metallic substrates, the presence of amine (NH2) 

and protonated amine (NH3
+
) is demonstrated for 

unoxidized substrates. On oxidized ones a covalent 

grafting is evidenced.  

 

4  Conclusion  

In this work, we were interested in the study of 

grafting of adhesion promoter molecules to 

highlight the formation of thin structured films, 

and characterize the organization of these 

grafted systems using techniques applied to the 

analysis of surfaces and interfaces (PM-IRRAS 

and AFM). The results obtained in this study 

showed that the great sensitivity of the PM-IRRAS 

technique, has permitted us to identify the effects of 

molecular orientation within the layer which seem to 

depend on the nature of the substrate. In all cases 

structuration phenomenon occur leading to the 

formation of organized, homogeneous and compact 

monolayer. All results presented in this study 

demonstrate the interest of multi-techniques and 

multi-scales approaches in the characterization of 

ultra-thin organic layers. 
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1 Introduction  

Fiber-reinforced polymer composite materials with 

self-healing ability have attracted great interest 

because they can extend a product’s life and prevent 

catastrophic failure. Self-healing of the composite 

material can be activated by delivering a healing 

agent to the damaged zone [1-11]. One method to 

deliver a healing agent is to embed the healing agent 

in microcapsules which then release the agent upon 

capsule rupture[1-6]. White et al. [1] first 

demonstrated self-healing in polymer composites 

using this approach by incorporating catalyst 

particles and microcapsules of a healing agent in 

epoxy. The healing agent was dicyclopentadiene 

(DCPD), a monomer that polymerizes when in 

contact with Grubbs’ catalyst. Epoxy specimens 

with this healing system demonstrated a recovery of 

fracture toughness after the generation of a crack 

resulted in capsule rupture, contact of DCPD and 

Grubbs’ catalyst in the crack plane, and 

polymerization of DCPD within the crack plane.  

 

Caruso et al [3, 12] studied a healing chemistry of a 

solvent core microcapsule. Microcapsules with 

reactive cores are advantageous since they require 

only one type of microcapsule to heal damage. Full 

recovery of fracture toughness was achieved using 

microcapsules consisting of a nontoxic solvent ethyl 

phenylacetate (EPA) with a Di-Glycidyl Ether of 

Bisphenol F (DGEBF) epoxy resin [12]. Blaiszik et 

al. [4] then successfully reduced the size of 

microcapsules to a sub-micron scale by applying 

ultrasonication during their manufacture. 

Microcapsules with a sub-micron scale were utilized 

to heal microcracks such as interfacial debonding 

between a fiber and a matrix [13, 14].  

 

The use of microcapsules of sub-micron scale is 

advantageous for fiber-reinforced composites 

because they can allow for a high fiber volume 

fraction of the self-healing composite to be 

achieved. These microcapsules are small enough to 

fit into the interstitial spaces between single fibers. 

However, self-healing functionality of a 

fiber-reinforced composite with such microcapsules 

has yet to be demonstrated due to the difficulties of a 

sample preparation. One significant challenge is 

distributing the microcapsules uniformly within a 

fiber-reinforced composite. The minimal gap 

between single fibers makes it difficult for 

microcapsules to penetrate within the inner regions 

of fiber yarns. If inner fibers are not functionalized 

with microcapsules, the potential self-healing ability 

of the composite will be limited because the healing 

agent will only be able to reach a limited portion of 

the composite.  

To create a composite with evenly distributed 

capsules, we propose the fabrication of a prepreg in 

which each single fiber is already functionalized 

with microcapsules. Microcapsules can be well 

attached onto a fiber yarn via a dip coating method 

before resin is introduced [13]. Performing this 

dipping method during sonication leads to a good 

dispersion of microcapsules throughout the entire 

fiber yarn. Resin can then be impregnated after the 

microcapsules are introduced to the fibers. 

 

In this research, a method to incorporate sub-micron 

sized microcapsules to E-glass/epoxy resin prepreg 

was developed. A lab scale prepregger was built to 

fabricate the prepreg with minimal damage to 

microcapsules. Prepreg with various microcapsule 

concentrations, fiber volume fraction, and fiber areal 

weight can be fabricated using the prepregger. The 

status of microcapsules in the prepreg was 
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successfully examined using confocal fluorescent 

microscopy.  
 

2 Material and experimental 

2.1 Microcapsule fabrication 

Polyurethane (PU)/poly(urea-formaldehyde) (UF) 

microcapsules containing a mixture of EPA and 

DGEBF epoxy resin were prepared by a modified 

procedure of Caruso et al [15], as shown in Figure 1. 

Fluorescent dye Nile Red was mixed with the core 

material of the microcapsules to aid with confocal 

fluorescent microscopy. Prepared microcapsules 

were contained in deionized (DI) water with various 

microcapsule concentrations and used as a sizing 

agent. 

 

DGEBA epoxy resin (EPON 862) was purchased 

from Miller-Stephenson and EPA, urea, formalin (37 

% formaldehyde), resorcinol, Nile Red, and 

ammonium chloride were purchased from Sigma-

Aldrich. Ethylene-maleic anhydride (EMA) 

copolymer powder (Zemac-400) was received from 

Zeeland Chemicals, and was used in a 2.5 wt% 

deionized water solution. PU prepolymer (Desmodur 

L 75) was purchased from Bayer Material Science 

and used as received. 

 

2.2 Lab scale prepregger development  

Building a prepregger was the primary step to 

fabricate a prepreg with microcapsules. The machine 

was required to have a fiber sizing system for the 

incorporation of microcapsules,  a drying system, 

and a resin impregnation system. Figure 2 shows a 

3D CAD model of the prepregger designed using 

SolidWorks. The use of 3D CAD helped to design 

the machine with all necessary systems held in a 

limited space. 

 

A lab scale prepregger was then built as shown in 

Figure 3. The machine consists of a shelf to place 

the fiber bobbins, a fiber sizing system, a drying 

system, a resin impregnation system, and a take-up 

drum. The fiber sizing system is equipped with a 

sonication bath outside of a dip type bath which 

contains a sizing agent. The drying system consists 

of several heaters with a vertical fiber pathway. A 

drum type bath with a scraper was used for the resin 

impregnation system. The take-up drum was 

controlled with two motors which made it possible 

to rotate and to translate independently. The 

diameter of the drum was 0.78 m and it could rotate 

with a speed of 1 to 14 rpm while translating at 6 to 

84 mm /min.  

 

DGEBF epoxy resin EPON 862 and aliphatic amine 

EPIKURE 3274 were used as a prepreg resin system 

because of the system’s long pot life. EPON 862 and 

EPIKURE 3274 were mixed in the ratio of 100:48 

parts by weight and degassed for 15 min in room 

temperature before being added to the resin bath.  

 

E-glass fiber yarn (ECG150 1/0 0.7Z), which has 

200 single fibers, were purchased from PPG Fiber 

Glass. EPON 862 and EPIKURE 3274 were 

purchased from Miller-Stephenson. 

 

2.3 Prepreg fabrication 

Prepreg  of 180 mm wide was fabricated using the 

custom built lab-sized prepregger. The take-up drum 

was translated with a speed of 4.5 mm/min, fast 

enough to overcome the pot life of the resin system 

which is less than an hour. Rotation speed was 

varied according to desired fiber areal weight of the 

prepreg.  

 

E-glass fiber yarn was first sized with the 

microcapsules using a sizing system. Eight fiber 

yarns were simultaneously dipped into a sizing agent 

in the sizing bath. Microcapsule concentration of the 

sizing agent was varied from 0 to 10 wt% by 

diluting the agent with deionized water. The sizing 

bath was sonicated to aid distribution of 

microcapsules within the fiber yarns. Water from the 

sized fiber yarns was then removed through the 

drying system. Drying conditions were controlled by 

the distance of the fiber travel path and the power of 

the heaters.  

 

The microcapsule sized fiber yarns were then 

impregnated with resin using a drum type resin bath. 

In this bath, fiber tension combined with the resin’s 

viscous friction rotates the drum while a scraper 

removes excess resin. A constant amount of resin is 

impregnated within the fiber yarns as they move 

over the drum. The fraction of resin in the fiber 

yarns was controlled by the distance of the scraper 

from the drum. A wider gap between the scraper and 

drum leads to a thicker coat of. The fiber yarns were 

gathered as one fiber bundle through several rollers 

after resin impregnation.  

 

The fiber bundle was then continuously wound up to 

the take-up drum while being evenly distributed 
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along the width of the take-up drum. The 

prepregging process was finished when a prepreg of 

desired width was fabricated. The prepreg was kept 

on the drum for at least 2 hours at room temperature 

to let the resin reach a b-stage. Allowing the prepreg 

to reach b-stage made it possible to handle the 

prepreg without deformation or warp. The 

completed prepreg was then used to manufacture 

consolidated composites by a layup process or stored 

in a refrigerator for later use. 

 

2. 4 Imaging analysis  

Microcapsules on a fiber yarn without resin were 

examined using a field emission environmental  

scanning electron microscope (Phillips XL30, FEI). 

However, it is impossible to use SEM to see 

microcapsules embedded in a prepreg or 

consolidated composite without fracturing the 

sample. Microcapsules seen on a sample’s fractured 

surface gave limited information about the damage 

after a prepregging process due to induced damage 

from the fracture. 

 

A confocal fluorescent microscope (TCS SP2, 

Leica) was used to analyze the status of 

microcapsules incorporated into a prepreg without 

fracturing the sample. The core of the microcapsules 

illuminate under a fluorescent light because of the 

fluorescent dye Nile Red. A laser of wavelength 488 

nm was projected to the specimen and its fluorescent 

signature of a wavelength 626 to 667 nm was 

collected. The focal plane of the microscope was 

changed from 5 to 45 µm below the surface of the 

specimen to achieve a three dimensional 

configuration of the specimen. A field of view of 

238 × 238 µm was wide enough for an E-glass fiber 

yarn with a diameter of approximately 150 µm.  

 

3 Results and discussion 

3.1 Characterization of the microcapsule 

Microcapsules were sphere-shaped and had a 

smooth as shown in Figure 4. The size distribution 

of the microcapsules was analyzed by analyzing 

more than 300 microcapsules from SEM images. 

The average diameter of the microcapsule was 3.3 

µm with a standard deviation of 1.4 µm.  

 

The fluorescent signature of the microcapsules was 

examined using a specimen consisting of 

microcapsules embedded in epoxy resin. The 

microcapsules were incorporated into the epoxy 

resin after being lyophilized for 24 hrs and the epoxy 

resin was cured. Figure 5 shows a confocal 

fluorescent micrograph of the microcapsules in 

epoxy resin. Microcapsules are seen as an 

illuminated sphere in the micrograph because of the 

fluorescent core material.  

 

The thermal stability and content of the 

microcapsules were studied using a 

thermogravimetric analyzer (TGA1, Mettler Toledo). 

Lyophilized microcapsules were heated from 25 °C 

to 500 °C with 10 °C/min heating rate in a nitrogen 

atmosphere as shown in Figure 6. The microcapsules 

were thermally stable until the temperature reached 

the boiling point of EPA. The fill content of the 

microcapsules was calculated to be around 80% 

using the sharp drop of mass at this temperature..  

 

3.2 Characterization of the prepreg 

Figure 7 shows a microcapsule sized fiber yarn after 

drying. The microcapsules were well adhered to the 

fiber yarn. It was seen that more microcapsules were 

attached to the yarns when higher microcapsule 

concentrations of the sizing agent were used. 

 

The status of microcapsules in the prepreg was 

assessed from confocal fluorescent. Microcapsules 

that survived processing conditions were shaped as 

an intact sphere as shown in Figure 8a while 

ruptured microcapsules were distorted as shown in 

Figure 8b. Microcapsules tended to be ruptured if 

fiber tension was high during the prepregging due to 

poor lubrication of rollers. Fiber tension was 

reduced after changing the lubrication of rollers. 

Prepreg with a high microcapsule survival rate was 

eventually fabricated after adjusting fiber tension 

and drying conditions by trial and error.  

 

However, to ensure complete microcapsule survival 

throughout the process, it is also desirable to develop 

a method to quantify damage of microcapsules in a 

prepreg rather than imaging alone. Analyzing glass 

transition temperature (Tg) of the prepreg is one 

suggested solution to measure microcapsule damage, 

since as released core material from the ruptured 

microcapsules plasticize the matrix, the Tg of the 

prepreg should decrease.  

 

Sonication of the fiber sizing bath was seen to help 

microcapsule distribution throughout fiber yarns 

during prepregging. Figure 9a shows microcapsules 
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around a fiber yarn in a prepreg fabricated without 

sonicating the sizing bath. Microcapsules were not 

able to penetrate into the interior region of the fiber 

yarn However, as shown in Figure 9b, microcapsules 

were well distributed in the interior area of the fiber 

yarn after applying sonication to the sizing bath. 

This led to a higher overall microcapsule 

concentration in the prepreg since microcapsules 

were located both in interstitial spaces between 

single fibers and along the outside of the fiber yarn. 

 

Microcapsule concentration of the prepreg was 

controlled by the microcapsule concentration of the 

sizing agent. Higher concentrations of microcapsules 

in the sizing agent led to higher microcapsule 

concentrations in the prepreg. To quantify 

microcapsule concentration in the prepreg, it is 

recommended to develop three dimensional 

visualization of the prepreg using multiple confocal 

fluorescent images with different focal planes. The 

volume fraction of microcapsules in the prepreg 

could then be calculated by counting voxels that 

illuminate under fluorescence. 

 

4 Conclusions 

E-glass/epoxy resin prepreg with microcapsules was 

successfully fabricated using a custom built lab scale 

prepregger. Submicron sized microcapsules were 

incorporated into the prepreg by applying a 

microcapsule yarn sizing before resin impregnation. 

Applying sonication to the sizing agent helped the 

microcapsules to penetrate into the interior regions 

of the fiber yarns. Confocal fluorescent microscopy 

was used to analyze the microcapsules in the prepreg 

without fracturing the specimen.  

 

Future work will consist of quantification of 

properties of the prepreg such as X, Y, Z so that 

prepreg manufacturing conditions can be optimized. 

In addition, fiber-reinforced composites with 

microcapsules will be fabricated using the prepreg 

and their mechanical and thermal properties will be 

examined.  
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Fig. 1. Microencapsulation protocol for the preparation of 

PU/UF microcapsules with reactive core 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 2. 3D CAD model of the lab scale prepregger using 

SolidWorks. The prepregger consists of a shelf to place 

the fiber bobbins, a fiber sizing system, a drying system, a 

resin impregnation system, and a take-up drum. 

 

 
Fig. 3. Photograph of the custom built lab sized 

prepregger.  
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Fig. 4. SEM image of the PU/UF microcapsules. The 

microcapsules were lyophilized for 24 hrs and sputter 

coated with Au/Pd. 

 

 
Fig. 5. Confocal fluorescent micrograph of microcapsules 

embedded in epoxy, taken 5 µm below the surface of the 

specimen. Microcapsules were visible inside of the resin 

due to the use of a fluorescent core and focal plane 

adjustment. 

 

 
Fig. 6. TGA trace of the PU/UF microcapsules containing 

EPA and DEGBF epoxy. The heating rate was 10 °C/min. 

The sharp drop of mass corresponds to the boiling point 

of EPA. 
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Fig. 7. SEM image of microcapsules on an E-glass fiber 

yarn after drying but before resin impregnation. The 

microcapsules were well attached to the fiber yarn. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
 

 
Fig. 8. Confocal fluorescent micrographs of 

microcapsules in a prepreg. Images were taken 5 µm 

below the surface of the specimen perpendicular to the 

fibers. (a) Microcapsules that survived are seen as intact 

spheres while (b) damaged microcapsules show rupture 

and distortion. 
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Fig. 9. Confocal fluorescent micrographs  of fiber yarns in 

a prepreg. Images were taken 5 µm below the surface of 

the specimen perpendicular to the fibers. (a) 

Microcapsules were located only on the exterior region of 

the fiber yarn without sonication while (b) microcapsules 

are well distributed throughout the entire fiber yarn after 

applying sonication. 
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1 Introduction  
Aluminum hollow section beam has been widely 

used as structural member. However, the strength of 
aluminium alone is insufficient to be used for some 
special applications such as extremely light weight 
vehicle, aerospace vehicle, and so on. Reinforcing 
the aluminum by fiber reinforced plastic has been 
studied to increase the strength without excessive 
increasing of total mass. Moreover, the catastrophic 
failure which is a critical drawback of composite 
could be guided by the plastic deformation of the 
aluminum, allowing the failure mode to be changed 
to progressive failure mode [1]. As a result, specific 
energy absorption (SEA), which is the absorbed 
energy per mass, can also be enhanced 
simultaneously 

In general, under a small bending load, a metal-
composite hybrid SHS beam shows linear elastic 
behavior, and subsequently shows plastic buckling 
behavior with further loading. Finally, the beam will 
show bending collapse behavior when the load 
exceeds a critical value. The bending collapse 
behavior can be analyzed by a Kecman’s model and 
modified Kecman’s model [1]. However, it is 
difficult to describe the intermediate status when 
plastic buckling of metal and local damage of 
composite material begin to occur with an analytic 
model. The failure modes of composites are very 
complex and are not readily described by simple 
theoretical models. Delamination between laminates 
and debonding between aluminum and composites 
complicate this further. Nowadays, the failure model 
of composites and delamination analysis have been 
advanced with the increasing of computational 
power. 

For FEA, a progressive damage evolution model 
has been studied to analyze the failure of composites 
materials [2, 3]. To predict damage initiation, 
various criteria have been proposed, such as stress, 

strain, Tasi-Wu, Hashin, Puck, LaRC, and so on[4,5]. 
To simulate damage evolution, material property 
(stiffness) degradation methods based on continuum 
damage mechanics have shown valuable results. 
Recently, energy based damage evolution was 
implemented in commercial software, ABAQUS[6, 
7]. The energy based damage evolution law is 
defined in terms of the fracture energy dissipated 
during the damage process. This evolution law is a 
generalization of the cohesive zone model (CZM) 
for modeling delamination using cohesive elements 
[8]. 

Analysis of delamination has been an important 
area of research since the development of laminated 
composites. The virtual crack closure technique 
(VCCT) is a well-known approach to simulate 
interface crack problems [9]. However, it is only 
applicable to 2D and self-similar crack propagation. 
For more complex geometry and application, the 
cohesive zone model proposed by Dugdale and 
Barenblatt [10] has been extensively developed for 
application to delamination [11, 12]. It is assumed 
that there is a process zone in front of the crack tip. 
Damage initiates when the status of stress or strain 
meets certain criteria. The process zone is controlled 
by traction separation laws. 

In this study, failure mechanism of aluminum-
composite hybrid beam under the three point 
bending was investigated by finite element analysis 
(FEA). The shape of aluminum was square hollow 
sectioned and applied composite was carbon fiber 
reinforced plastic (CFRP). 

 

2 Discretization of Aluminum-CFRP Hybrid 
Beam 

Fig. 1 is a schematic of the aluminum-CFRP 
hybrid beam. A square hollow section (SHS) 
aluminum beam was wrapped by four plies of CFRP 
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laminates with designed stacking sequence. The 
thickness of a ply was 0.146mm and total thickness 
of 4 plies of CFRP in the hybrid beam was 0.584mm 
[13]. Five kinds of lay-up sequence are considered: 
[0o]4, [90o]4, [0o/90o]2, [45o/-45o]2, and [0o/45o/90o/-
45o].  

 
Fig. 1. Schematic of aluminum-CFRP square hollow 
section beam 

 
Fig. 2. FEA model of aluminum-CFRP hybrid beam 
 

The bending behavior was analyzed by explicit 
finite element analysis (ABAQUS/Explicit). Fig. 2 is 
a FEA model of the SHS beam. The aluminum beam 
is modeled as two layers of 3D hexahedral 
continuum linear solid incompatible elements with 
eight nodes. The layer of CFRP is divided into two 
regions considering accuracy of analysis and 
computational cost. The region where large 
deformation may occur is modeled as multiple layers 
of continuum shell elements that have a 
homogeneous laminar property at each layer with 3 
integration points through the thickness direction. 
Damage of CFRP and delamination are considered 

at every ply, and the size effect of damage evolution 
is alleviated by refining the size of the mesh. 
Element size is 0.4 mm x 0.4 mm. The remaining 
region far from the loading nose is modeled as one 
layer of a continuum shell that has a composite 
section property. Continuity between the   
multilayered continuum shell and single layered 
continuum shell elements is achieved by multi-point 
constraints. Interlaminar damage and interface 
debonding are modeled by a cohesive element. For 
cohesive layers, three dimensional 8 node cohesive 
elements (COH3D8) elements have been used. The 
thickness of a cohesive element is assumed to be 5 
m. The loading nose and supporting rods are 
modeled as a rigid surface. Interaction between the 
supporting rod and specimen is assumed to have 
surface to surface contact with a friction coefficient 
=1.0 and finite sliding is allowed. Regarding the 
asymmetry induced by 45o or -45o direction ply, full 
dimensions are modeled. Interaction between the 
loading nose and the specimen is assumed to have 
general contact with a friction coefficient =1.0. In 
addition to the exterior surface, interior surfaces 
defined by inside elements are also reserved as a 
potential contact pair. At the initial stage, only the 
exterior surface of the CFRP contacts with the 
loading nose. Once an element is fully damaged and 
removed, new surfaces exposed by the removed 
element are activated. The new surfaces are allowed 
to contact with each other. 

Appropriate displacement boundary conditions 
are assigned at two nodes of the lower wall to 
prohibit rigid body motion. The loading nose moves 
quasi-statically 5mm downward in a minute. 

 

 
Fig. 3 Deformed shape of hybrid beam [0o/45o/90o/-
45o] under 5mm of nose distance (contour represents 
the magnitude of deformation) 
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Fig. 3 is a typical deformed shape of the hybrid 
beam. Nonlinear elasto-plasticity was considered for 
aluminum and progressive damage mechanics was 
applied for the CFRP. Hashin damage initiation 
criteria and energy based damage evolution were 
applied [14]. Delamination and debonding were 
modeled by cohesive zone model under traction 
separation law and energy based damage evolution 
[15, 16]. For numerical analysis, material properties 
of aluminum, failure characteristics of CFRP 
laminate, and adhesion between aluminum and 
CFRP were measured experimentally.  

 
3 Modeling and Calibration 
3.1 Progressive Damage Modeling of CFRP 

A CFRP laminate may initiate to fail when one of 
following indexes is greater than or equal to one, 
which is the Hashin Criteria. Four failure modes; 
fiber tension, fiber compression, matrix tension, and 
matrix compression, are considered and are 
represented separately as follows [4] 
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where ij are components of the effective stress 
tensor, XT and XC are the tensile and compressive 
strengths in the fiber direction, and YT and YC are 
the tensile and compressive strengths in the matrix 
direction. SL and ST denote the longitudinal and 
transverse shear strengths.  

The constitutive equation of the material is 
 

  dC                                       (5) 

where  is stress and　 is strain. The stiffness 
matrix Cd reflects damage and has the form  
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where df, dm, and ds are damage variables for tension, 
compression, and shear, respectively. Damage 
variable 2112)1)(1(1 mf ddD  . E1, E2, and G12 
are material properties of undamaged status, and 12 
and 21 are the corresponding Poisson’s ratios [8, 
17]. 

Once the damage initiation criterion in (1) ~ (4) is 
satisfied, further loading will cause degradation of 
the material stiffness coefficients as a function of the 
damage variable di, ranging from zero (undamaged) 
to one (fully damaged). 

The in-built damage evolution law for the damage 
variable in ABAQUS is used to simulate the in-ply 
damage in each lamina. The damage evolution law is 
defined in terms of the fracture energy dissipated 
during the damage process, which is a generalization 
of the cohesive zone model (CZM) for modeling 
delamination using cohesive elements. 

 
3.2 Cohesive Zone Model 

Delamination between laminas with different 
fiber orientation and debonding between aluminum 
and CFRP were modeled by the cohesive zone 
model with the traction separation law. As described 
in section 2, the interface between the aluminum and 
the CFRP and the interlayers between laminas are 
discretized by cohesive elements. The applied 
conditions for this analysis are briefly summarized 
in this section. 

 

Fig. 4. Coordinates of traction vectors 
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Damage was assumed to initiate when a quadratic 
interaction of a function involving the nominal stress 
ratios reaches a value of one. This criterion can be 
represented as [17] 
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where t is a nominal traction stress vector. The 
subscripts n, s, and t represent the normal, first shear, 
and second shear direction, respectively, as shown in 
Fig. 4. The superscript 0 represents the peak value of 
nominal stress. The symbol <> is a Macaulay 
bracket and denotes the positive part. 

The stress components of the traction-separation 
are affected by the damage according to 

 

 nn tdt )1(    

 ss tdt )1(                                  (8) 

tt tdt )1(   
where d is a damage variable and the over bar on t 
represents the stress components predicted by the 
elastic traction-separation behavior for the current 
strains without damage. Damage evolution is 
defined based on energy that is dissipated as a result 
of the damage process. A criterion proposed by 
Benzeggagh-Kenane was used:  
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where G is the fracture energy, the superscript c 
represents the critical fracture energy, and  is a 
material parameter [18]. 
 

4 Results of FEA 

The behavior of the hybrid beam was analyzed by 
the model shown in Fig. 2. For reasonable 
computational time, mass scale of 1000 was applied 
[26], where kinetic energy was less than 0.1% of 
total strain energy. Stable time increment was 9.054 
x 10-7 second. The computation time was about 25 

hours on a workstation with Intel Core i7 (Hexa 
Core). 

Fig. 3 shows a typical deformed shape of the Al / 
CFRP [0o/45o/90o/-45o] specimen by bending force 
of the loading nose at 2.5 mm displacement. In the 
following, for convenience, the hybrid specimen is 
identified by indicating the stacking sequence. It is 
shown that the upper and lower walls are bent down 
by bending moment, and the front and back walls 
protrude due to plastic buckling of the aluminum. 
The region contacting with the loading nose shows 
large deformation. The upper wall directly 
contacting with the loading nose is compressed by 
the loading nose, and excessive deformation occurs, 
surrounding the cylindrical shape of the loading nose. 

 

 
Fig. 5. Von Mises stress filed at each ply of 
[0o/45o/90o/-45o] specimen at nose displacement of 
2.5mm (a) 1st ply 0o, (b) 2nd ply 45o, (c) 3rd ply 90o, 
and (d) 4th ply -45o. 
 

 
Fig. 5 (a) - (d) shows von-Mises stress fields of 

each CFRP layer of the [0o/45o/90o/-45o] stacking 
sequence specimen at 2.5 mm displacement. It is 
clearly shown that the stress field strongly depends 
on the direction of the carbon fibers and the stacking 
sequence of the laminate. Elastic modulus along the 
fiber direction is much higher than that along the 
transverse direction, and stress along the fiber 
direction is also high. Note that the damage criteria 
are applied for each layer and interface. 

From the FEA, it was observed that the fracture of 
the CFRP laminate and delamination between layers 
are strongly interconnected. Delamination separated 
the stacked laminates and resulted in decreased 
CFRP strength. Separated laminate was weakened 
and fractured easily. The broken CFRP was 
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compressed between the aluminum and the 
downward loading nose, broken off, or split into 
several small sections. The center of the upper edge 
contacting with the loading nose was the stress 
concentration region. Damage began at the edge, and 
expanded to the radial direction in the side walls 
(both front and back) and propagated into the inner 
layers of the CFRP. When the loading nose reached 
approximately 0.584 mm, which was close to the 
thickness of the CFRP, plastic buckling of aluminum 
and debonding between the CFRP and the aluminum 
occurred. 
 
 

(a) (b)
 

Fig. 6. Equivalent plastic strain at aluminum (a) only 
aluminum, and (b) hybrid beam 

 
 
A typical characteristic of the interior aluminum is 

shown in Fig. 6 in terms of equivalent plastic strain. 
For better understanding, only the left edge part of 
the beam is shown. The observed time step is at 2.5 
mm displacement, which corresponds with when the 
aluminum specimen showed peak load. The stacking 
sequence of the hybrid specimen is [0o/45o/90o/-45o]. 
As shown in the figure, equivalent plastic strain 
(PEEQ) is concentrated at the edge under the 
loading nose. Compared with the aluminum 
specimen, the hybrid specimen shows a low strain 
value and a small area of influence. This means that 
the CFRP laminate supported the interior aluminum 
and resulted in small plastic deformation at the weak 
region. 

Damage accumulation and evolution in the 
interlayers are shown in Figs. 7 and 8. There are 
three interlayers in this specimen. In the figure, fully 

damaged elements are removed as the load increases 
and resembles a semicircular shaped hole in the 
specimen. At nose displacement of 0.47mm, the first 
interlayer (between the first ply and the second ply) 
remains. However, the third interlayer (between the 
third ply and the fourth ply) begins to fail, as shown 
in Fig. 7. 

 
 

(a) (b)

(c) (d)  
Fig. 7. Damage accumulation in each interlayer at 
loading nose displacement of 0.47 mm. (a) Legend 
and location, (b) 1st interlayer, (c) 2nd interlayer, and 
(d) 3rd interlayer. 
 
 

(a) (b)

(c) (d)  
Fig. 8. Damage accumulation of each interlayer at 
loading nose displacement of 2.5 mm. (a) Legend 
and location, (b) 1st interlayer, (c) 2nd interlayer, and 
(d) 3rd interlayer. 
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At nose displacement of 2.5mm, the area of damage 
becomes wider, as shown in Fig. 8. It is interesting 
that the damaged area at the first interlayer is the 
widest, unlike Fig. 7, followed by the second and the 
third interlayers. As will be shown in Fig. 9, at this 
time, a wide region at the interface is already 
debonded, and the CFRP and aluminum are 
separated. As a result, the first interlayer close to the 
debonded interface is damaged easily. 

 

 
Fig. 9. Debonding of interface as a function of nose 
displacement. (a) 0.47 mm, (b) 1.1 mm, (c) 1.94 mm, 
and (d) 2.5 mm. 

 
Fig. 9 shows sequential damage status at the 

interface between the aluminum and the CFRP. 
Similar to the previous interlayer, the damaged area 
(removed element) increases with loading 
displacement, but the debonding area is much larger 
than the delaminated region. The shape of 
delamination varies depending on the stacking 
sequence, but generally shows a peanut shape. 

 

 
Fig. 10. Photos of damage at the edge after loading 
displacements of (a) 0.6 mm, (b) 1.55 mm, and (c) 
3.0mm 

 
Damage at the edge was verified experimentally. 

Fig. 10 shows edge damage of the [0o/45o/90o/-45o] 
specimen for three loading nose displacements: 0.6 
mm, 1.55 mm, and 3.0 mm. Load was applied up to 
the desired displacement and then reloaded. The 

damaged edge was captured by a low scope camera. 
At 0.6 mm displacement, permanent deformation is 
shown. Considering the behavior of aluminum in Fig. 
11, at this displacement, aluminum deforms in an 
elastic range and recovers its original shape when 
the loading nose is unloaded. Thus, permanent 
deformation is induced by irreversible damage of the 
CFRP, as shown in Fig. 7. At 1.55 mm displacement, 
in Fig. 10(b), the color of the CFRP under the 
loading nose is changed from black to white, which 
is induced by plastic deformation of the resin in the 
CFRP laminate, and the interior aluminum begins to 
be revealed. At 3.0 mm displacement, in Fig. 10(c), 
the region of white colored CFRP becomes large. 
Aluminum is clearly shown, resulting from the 
removal of the extremely damaged CFRP. 
Considering the delamination behavior in Fig. 14, it 
is evident that the delaminated CFRP layer separated 
from the aluminum, and fractured sequentially with 
increasing force of the loading nose. 

 
 

 
Fig. 11. FEA results of load displacement curve 

 
Load-displacement curves of five hybrid beams 

are plotted in Fig. 11. Explicit analysis under the 
displacement boundary condition makes reaction 
force noisy. Therefore, a Savitzky-Golay smoothing 
with a second-order polynomial and 50 points of 
window was applied to filter the data. The peak load 
of stacking sequence [90o]4 is about 11.6 kN and is 
the lowest among the considered specimens. The 
load shows a gradual slope around the peak load. 
Stacking sequence [0o]4 shows a similar trend to 
stacking sequence [90o]4. In the case of stacking 
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sequence [0o/90o]2, critical displacement to the peak 
is delayed by about 0.5 mm, and the corresponding 
peak load is slightly higher than those of [0o]4 and 
[90o]4. Stacking sequences [45o/-45o]2 and 
[0o/45o/90o/-45o] show marked increases of peak 
load and delay of the critical displacement. Stacking 
sequence [0o/45o/90o/-45o] shows the maximum peak 
load. It can be inferred that the reinforcing effect of 
the CFRP is pronounced in stacking sequence 
[0o/45o/90o/-45o]. It is shown that the performance of 
the hybrid SHS beam is strongly dependent on the 
behavior of the load curve at about 3.0 mm 
displacement, whether the load is further increased 
or unchanged. When the reinforcing effect is 
retained, such as in the cases of [45o/-45o]2 or 
[0o/45o/90o/-45o], the load continues to increase. 

 
 

 
Fig. 12. Representative load-displacement behavior 
of Al / CFRP SHS beam specimen depending on lay-
up sequences, redrawn from the experimental results 

 
For comparison, experimental results in reference 

[13] are redrawn up to a nose displacement of 5mm 
in Fig. 12. A detailed explanation about the 
experimental results can be found in reference [13]. 
Overall behavior of the numerical results in Fig. 11 
are very close to the experimental results in Fig. 12.  
As expected by the FEA, [0o/45o/90o/-45o] shows the 
maximum peak load, followed by [45o/-45o]2 and 
[0o/90o]2. The peak loads of [0o]4 and [90o]4 are very 
close, but [90o]4 is slightly higher than [0o]4. 
However, in the FEA, [0o]4 is slightly higher than 
[90o]4. This resulted from an abrupt load drop at 
about 2.7mm displacement. The FEA model in this 

study showed a limitation such as an abrupt drop, 
and a detailed illustration 

 
 

 
Fig. 13. Normalized bending stiffness of the Al / 
CFRP hybrid SHS beam based on Al / CFRP [0o]4 
case 

 
In Fig. 11, the loads of all cases showed a similar 

trend before about 1.5 mm displacement. At this 
small load, the damaged area was small and 
deformation was strongly dependent on the elastic 
properties of the hybrid SHS beam. Therefore, for 
comparison, bending stiffness (load / displacement) 
of the hybrid beams is calculated at 0.25 mm 
displacement. For this stiffness calculation, the same 
mesh as the damage model is used, but only linear 
elastic properties are applied. Calculated stiffness is 
shown in Fig. 13. The variation of stiffness is about 
12.5 %.The bending stiffness of the [90o]4 case is 
slightly lower than that of the [0o]4 case, but both the 
[90o]4 and [0o]4 cases are much lower than the 
[0o/45o/90o/-45o], [45o/-45o]2, and [0o/90o]2 cases. It 
appears that the stiffness calculated from the linear 
elastic analysis offers reasonable results. However, it 
is interesting that the bending stiffness of 
[0o/45o/90o/-45o] is much lower than that of [45o/-
45o]2. However, as shown in Fig. 16, a full analysis 
showed the highest load at [0o/45o/90o/-45o]. 
Therefore, it is shown that a simple stiffness 
calculation is not sufficient to describe the response 
of the hybrid SHS beam under large bending 
deformation. 
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5 Summary  

Finite element analysis showed that stresses were 
concentrated at the edges under the loading nose and 
resultant damage and failure were observed.   At 
first, damage of CFRP and delamination were 
occurred. Then debonding between aluminum and 
CFRP was occurred and followed by plastic 
buckling of aluminum and bending collapse 
behavior of the hybrid beam. Overall performances 
of the hybrid beam represented by load-
displacement curves with respect to the stacking 
sequence of laminate were compared with 
experimental results. FEA results showed good 
agreement with the experimental results. And it was 
observed that the direction of laminates made great 
effect on the performance of hybrid beam. 
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1 General Introduction  

Liquid composite molding is an important process 

for the manufacturing of automobile, aeronautic, 

engineering, and wind energy components. The 

increasing complexity of the components leads to 

higher shear angles during draping. In these highly 

sheared areas of the component the fiber volume 

fraction increases. Due to the higher fiber volume 

content the risk of dry spots during the injection is 

high because of lower permeability. To predict the 

highly draped areas in a component at a very early 

stage of product development a draping simulation 

can be performed. The draping simulation gives 

information about the shear angles in every area of 

the component. This information can be used for a 

filling simulation of the component if the 

permeability of the reinforced textile is known for 

different shear angles and different fiber volume 

fractions.  

Smith et al. investigated the effect of shear 

deformation on the permeability for non-crimp 

fabrics and woven fabrics at a very low fiber volume 

fraction between 0.3 and 0.45. The cavity heights 

were constant, thus the fiber volume fraction 

increased due to shearing and the permeability 

decreased [1]. Heardman et al. investigated the in-

plane permeability for sheared glass weaves and a 

sheared carbon weave. It was determined that the 

increasing fiber volume content and the reorientation 

of the fibers have an influence on the permeability 

[2]. Louis et al. and Endruweit et al. investigated the 

influence of shearing on the permeability of glass 

and carbon woven fabrics. The cavity heights for the 

measurements in the initial state (not sheared) and in 

the sheared state were kept constant. The influence 

of the increasing fiber volume content and the 

reorientation of the fibers had an influence on the 

permeability and on the orientation angle of the flow 

ellipse [3, 4]. Demaria et al. investigated the 

influence of the shearing of a carbon woven fabric at 

a constant fiber volume fraction on the in-plane 

permeability [5, 6].  

In this paper the influence of the shearing on the in-

plane permeability of glass fiber woven fabrics and 

carbon fiber non-crimp fabrics are compared. 

Therefore, the textiles are measured at three 

different fiber volume fractions in the initial state 

(not sheared) and in the sheared state. Based on this 

data it is possible to predict the permeability data for 

a desired fiber volume fraction in the not sheared 

and sheared case. Thus, it is possible to readout the 

sheared permeability value at the increasing fiber 

volume content due to shearing [7].  

2 Experimental setup 

2.1 Material  

Two different glass fiber fabrics from the company 

Hexcel were investigated. The first is a plain weave 

with an areal weight of 286 g/m², the other is a twill 

weave with an areal weight of 385 g/m², see Tab. 1. 

Furthermore, two non-crimp carbon fabrics ± 45° 

from the company Sigmatex were investigated. The 

NCFs only differ in the yarn count of the stitching 

yarn, see Tab. 2. 

2.2 Method 

In the case of 0°/90° non crimped fabrics (NCFs) the 

material is laid up on a flat table and clamped into 

two shear bars along the 0°-direction. One bar is 

fixed and the other one (opposite side) is moved for 

a certain distance, corresponding to the desired shear 

angle (see Fig. 1). For ±45° NCFs the textile is 

pulled in 90°-direction until the calculated 
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rectangular square is reached. For each shear angle 

the final square size can be calculated by 

trigonometrically relations based on the initial 

square size. Due to the elongation in 90°-direction 

the textile shortens in 0°-direction and a certain 

shear angle appears (see Fig. 2). 

After the shearing the shear angle can be controlled 

with help of angle measurements along the 

reinforcing yarns. This ensures that the correct shear 

angle is adjusted and that a homogeneous shearing 

over the complete textile is achieved. 

After the desired shear angle is adjusted over the 

whole layer, several textile layers are laid on a CNC 

cutter (Bullmer Spezialmaschinen GmbH L5001LV) 

in the same manner. Then specimens for the 

permeability measurements are cut out of the stack. 

After cutting the single measurement specimens the 

shear angle is verified again by angle measurements 

along the reinforcing yarns. 

The in-plane permeability is measured with IVW´s 

permeability measurement cell 2D-Capa-Perm, see 

Fig. 3 [8-10]. For the measurements rapeseed oil is 

injected into the preform and the radial flow front is 

detected by eight linear capacitive sensors. To 

ensure 2D-flow (no flow in through the thickness), a 

hole (12 mm) is punched through the middle of the 

465 mm by 465 mm sized preform. The desired fiber 

volume fraction is adjusted with the help of different 

cavity height frames and the number of layers of the 

material. For all tests the material is positioned in 

the same orientation. A constant injection pressure is 

used to inject the rapeseed oil into the preform. The 

viscosity of the oil is very well known by 

temperature. The permeability is calculated with the 

help of Darcy´s law. 

Each material is measured in an unsheared state and 

at different shear angles. The permeability of the 

unsheared and sheared material is measured at three 

different fiber volume fractions. Every measurement 

at one certain fiber volume fraction and shear angle 

is done three times. For each shear angle and 

material the in-plane permeability K1 and K2 is 

plotted in a diagram versus the fiber volume fraction. 

Moreover, the orientation angle α of the 

permeability K1 and the anisotropy K2/K1 is 

calculated for every permeability measurement (Fig. 

4).  

 

 

3 Results  

The permeability values for all materials are plotted 

versus the fiber volume content as shown in Fig. 5 

for the glass fiber fabric Hexcel 1103. Every 

adjusted shear angle is measured at three different 

fiber volume contents. The permeability decreases 

exponentially with respect to the fiber volume 

fraction for every adjusted shear angle. Due to the 

logarithmic scale on the y-axis the exponential 

fitting function is a straight line in the diagram.  

Because of shearing the fiber volume content (fvc) 

increases at a constant cavity height, see equation (1). 

fvcsheard=fvcnot sheared/cos(α)
 

(1) 

Herby α is the shear angle, see Fig. 1 and Fig. 2. The 

influence of the increasing fiber volume content due 

to shearing at a constant cavity height is significant. 

Besides the fiber volume content the reorientation of 

the fibers has a significant influence on the 

permeability and on the orientation angle of the 

main flow direction K1, resp. on the orientation of 

the flow ellipse. For the woven glass fiber fabrics 

and the carbon NCFs the effect of the increasing 

fiber volume fraction due to shearing and the effect 

of the reorientation of the fibers has an influence on 

the permeability.   

3.1 Influence of shearing on the in-plane 

permeability of glass fiber fabrics 

In Fig. 5 and Fig. 6 the permeability measurements 

for the glass fiber fabrics are shown. The 

permeability is measured at three fiber volume 

contents for the not sheared case and for three 

sheared cases (10°, 20°, and 28°).  

The influence of the changing fiber content due to 

shearing at a constant cavity height is very high. In 

Fig. 7 the K2 Permeability values of Fig. 5 are 

extracted and enlarged to show the influence of the 

increasing fiber volume fraction due to shearing at a 

constant cavity height. An initial fiber volume 

fraction of 50 % (not sheared) was chosen and the 

sheared fiber volume content was calculated by 

equation (1). With the fiber volume fraction at each 

shear angle the permeability value can be readout. 

For the fabric Hexcel 1103 the K2 permeability from 

not sheared (50 % fvc) to 28°-sheared (56.6 % fvc) 

decreases by 80 %. In this manner the permeability 

value of a sheared textile can be readout of such a 

diagram (like Fig. 5 and Fig. 6) for a desired initial 
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fiber volume fraction in the not sheared case. Of 

course this is only possible in the measured shearing 

range. In strong curved components shear angles up 

to 50° are reached which decreases the permeability 

in these areas even more. 

Besides the influence caused by the increasing fiber 

volume fraction due to shearing, the new fiber 

orientation also plays an important role. Fig. 8 

shows how the shear angle influences the orientation 

angle of the permeability. With increasing shear 

angle the permeability orientation angle β increases, 

too. The major flow direction K1 changes due to 

shearing. For the woven glass fiber fabrics the 

orientation angle changes almost like equation (2) 

for the fiber volume content range from 45% to 55%, 

see Fig. 8.  

β = α/2  (2) 

The anisotropy of the permeability is calculated by 

equation (3). 

Anisotropy=K2/K1 (3) 

In Fig. 9 the anisotropy of the permeability for the 

fabric Hexcel 1103 is shown for all measured shear 

angles over the fiber volume content. In the not 

sheared state the anisotropy of the fabric is between 

0.55 and 0.63, depending on the fiber volume 

content. Although the linear density and the yarn 

density in warp and weft direction are equal for the 

fabric Hexcel 1103 the anisotropy value in the not 

sheared case is quite low. The anisotropic 

permeability in the not sheared state can be 

explained by the crimp in warp and weft direction 

(Tab. 1). The ondulation of the weft yarn is much 

higher than that of the warp yarn. This occurs 

because of different yarn tensions in warp and weft 

direction during the textile manufacturing process. 

The higher crimp in weft direction seems to decrease 

the permeability in weft direction compared to the 

warp direction. 

With increasing shear angle the anisotropy value 

decreases, see Fig. 9. The lowest anisotropy of 0.28 

is reached for the highest shear angle (28°) at a fiber 

volume content of 53%. The anisotropy value of the 

fabric Hexcel 1103 is decreasing with increasing 

fiber volume content in all shear states.  

Fig. 10 shows the anisotropy of the permeability for 

the fabric Hexcel 1113. The linear density is not 

balanced for the fabric Hexcel 1113; the warp yarn 

is denser (340 tex) than the weft yarn (272 tex) 

while the yarn density is nearly equal. That explains 

why the anisotropic value in the not sheared 

permeability measurement is very low (0.2 to 0.25). 

Due to shearing the anisotropy does not change 

significantly. The shearing of the Hexcel 1113 does 

not influence the anisotropy value strongly, which is 

for all measurements between 0.15 and 0.4. The 

lower anisotropy of the fabric Hexcel 1113 is also 

obvious in Fig. 6 because of the higher distance 

between K1 and K2 compared to the fabric Hexcel 

1103 (Fig. 5). 

3.2 Influence of shearing on the in-plane 

permeability of ± 45° non-crimp fabrics 

Fig. 11 and Fig. 12 show the permeability 

measurements of the NCFs Sigmatex DMC 2711270 

and 3011270. The permeability is measured at three 

different fiber volume fractions for the not sheared 

state and for the three sheared states (10°, 20°, and 

30°). The difference between the K1 and K2 

permeability is very small which means that the 

material has a high anisotropy value and therefore a 

low anisotropy.  

Fig. 13 shows the orientation angle of the 

permeability with respect to the shear angle. For this 

diagram the orientation angles of the nine 

permeability measurements (three measurements at 

three fiber volume contents for one shear angle) 

were averaged. The orientation angle is defined like 

in Fig. 4. The 0°-direction (production direction) is 

defined along the stitching yarn which does not 

change due to shearing. For the not sheared case the 

orientation angle for both materials is oriented in 0°-

direction along the stitching yarn. Due to shearing 

the orientation angle changes dramatically. At 20° 

shear angle the orientation angle switched to 80° 

which means the major flow direction for higher 

shear angles is approx. perpendicular to the 

unsheared flow direction. The orientation angle at 

10° shear angle does not play an important role, 

because at this shear angle the anisotropy value of 

the permeability is very high (>0.72), which means 

the ratio of the half-axes of the flow ellipse is about 

0.85 (square root of 0.72). The flow ellipse is nearly 

circular, thus the orientation angle does not have a 

high relevance. 

The anisotropy of the permeability for the NCFs 

Sigmatex DMC 2711270 and 3011270 is shown in 
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Fig. 14. With help of this diagram the switching of 

the orientation angle can also be explained. In the 

not sheared case the permeability is oriented in 0°-

direction. Due to shearing the anisotropy increases 

until a certain shear angle is reached. After that the 

anisotropy decreases. That means the permeability in 

90°-direction increases in relation to the  

permeability in 0°-direction. Thus, the anisotropy 

increases until the permeability in 90°-direction is 

higher than in 0°-direction. At that point the K1 

permeability switches to the 90°-direction. After the 

K1 permeability is oriented in 90°-direction the 

anisotropy decreases.  

3.3 Variability in the permeability measurement 

The permeability measurement of reinforcing 

textiles strongly depends on the homogeneity of the 

measured textile. Endruweit et al. summarize this in 

[11] in the chapter „understanding variability in the 

permeability of non-crimp fabrics composites 

reinforcements“. This shows that there are always 

variations due to material inhomogeneity in textiles. 

With the permeability measurement cell 2D-capa-

perm the flow front is tracked along eight sensors. 

These eight sensors are positioned diametral in the 

lower mold (see Fig. 3). That means there are four 

pairs of opposing sensors that can be compared. If 

the flow ellipse is perfectly point symmetrical the 

ratio of the diametral sensors is one. Thus, the ratio 

or the deviation of the diametral sensors is an 

indicator for the homogeneity of the material [9]. If 

the deviation between the diametral sensors is high 

the material has a more inhomogeneous flow 

behavior than a material where the deviation of 

diametral sensors is low. In the measurements it was 

detected that the deviations of the diametral sensors 

increase with increasing shear angles. This effect 

was more obvious for the NCFs. That can be 

explained by the shearing defects which occur more 

often for NCFs compared to woven fabrics. 

4 Discussion 

Woven glass fiber fabrics 

Fig. 5 shows that the permeability value K1 

increases in the sheared state at the same fiber 

volume fraction. On the other hand the permeability 

value K2 decreases if the woven fabric is sheared. 

This was also determined by Heardman et al. [2] and 

by Endruweit et al. [4]. For the fabric Hexcel 1113 

this effect cannot be seen. A reason why the 

behavior of the fabrics differs can be found in the 

anisotropic flow behavior in the not sheared state. 

Due to the anisotropic textile structure (see Tab. 1) 

the permeability of the fabric Hexcel 1113 is already 

very anisotropic for the not sheared case. The 

shearing of the fabric Hexcel 1113 does not lead to a 

more anisotropic behavior in the fabric as described 

above.  

Fig. 8 shows the orientation angle β (see Fig. 4) of 

the permeability with respect to the shear angle. The 

orientation angle is nearly constant over the fiber 

volume content. For example the orientation angle 

of the not sheared fabric Hexcel 1103 is approx. 0° 

for 45 %, 50 %, and 55 % fiber volume content. This 

clarifies that the orientation angle is not dependent 

on the fiber volume fraction, although there are 

some small deviations due to variability in the 

permeability measurement. Thus, the change of the 

fiber volume fraction is not responsible for the 

change of the orientation angle of the permeability. 

The new fiber orientation that occurs due to shearing 

seems to change the orientation of the permeability. 

For the glass fiber fabrics the orientation angle 

changes by the equation (2).  

It was found that the anisotropy value of the fabric 

Hexcel 1103 (which had an anisotropy value of 

approx. 0.6 in a not sheared state) decreases for an 

increasing shear angle. This relationship was 

confirmed through further permeability 

measurements of the fabric Hexcel 1265 (plain 

weave). For this material which is not presented in 

this study the initial anisotropy was approx. 0.7. The 

anisotropy value decreased with the increasing shear 

angle to an anisotropy value of 0.4 at a shear angle 

of 29°. Besides that several measurements were 

found in the literature where the anisotropy value 

decreases due to an increasing shear angle.  

For the Hexcel 1113 the anisotropy does not change 

significantly with increasing shear angles. A reason 

for this behavior is probably the low anisotropy at 

the not sheared state (0.2 to 0.25). Another woven 

fabric Hexcel 1035 (twill 2/2 weave) with a very low 

initial anisotropy value (0.16 to 0.28) was 

investigated at the IVW. The fabric does not change 

anisotropy due to shearing. The anisotropy value 

after shearing was in the range from 0.16 to 0.3 for 

all shear angles investigated.  
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It seems that a decrease of the anisotropy value due 

to increasing shearing only occurs for woven fabrics 

with an initial anisotropic value above 0.5.  

± 45° non-crimp fabrics 

The in-plane permeability values for NCFs show a 

significantly lower permeability compared to the 

woven glass fiber fabrics investigated in this study. 

The change of the fiber volume content due to 

shearing at constant cavity heights also has a huge 

influence on the permeability of the NCFs. For the 

NCFs the influence of the change of the fiber 

volume content due to shearing can be considered 

like in Fig. 7 for the glass fiber fabrics.  

The reorientation of the reinforcing fibers has a 

significant influence on the orientation angle of the 

permeability (Fig. 13). The orientation angle in the 

initial state is approx. aligned in the 0°-direction. 

From at least 20° shear angle the orientation angle 

switches to the 90°-direction. The reinforcing fibers 

in the not sheared case are oriented in ± 45° for the 

two balanced NCFs investigated in this study. That 

means for a central injection (if the fibers are 

perfectly oriented and balanced) that a circular flow 

occurs. The stitching yarn is oriented in 0°-direction 

and seems to enhance the flow in this direction. That 

could explain why the orientation angle is aligned in 

the 0°-direction in the not sheared case. Due to 

shearing the angle between the reinforcing yarns 

gets smaller, which means that the orientation of the 

bigger amount of the reinforcing yarns is oriented in 

the 90°-direction (see Fig. 2). The stitching yarn 

orientation is not changed due to shearing. Due to 

the reorientation of the reinforcing yarns the flow in 

90°-directions is fostered. If this theory is right there 

must be a certain shear angle where the influence of 

the stitching yarn (fosters flow in 0°-direction) and 

the influence of the reorientation of the reinforcing 

yarns (fosters flow in 90°-direction) are equal. At 

this certain shear angle a circular flow must occur 

for a central injection. This certain shear angle must 

be between 0° and 20°. Due to inhomogeneity in the 

textile and the variations of the adjusted shear angle 

the shear angle where the two effects are equal 

depends on the above mentioned parameters.  

The anisotropy with respect to the shear angle for 

the two NCFs is plotted in Fig. 14 and confirms the 

theory described above. The anisotropy in the not 

sheared case is between 0.65 and 0.7 and the 

orientation angle is aligned in 0°-direction. With 

increasing shear the anisotropy value increases to a 

maximum and after that the anisotropy value 

decreases (see Fig. 14). Probably there is an 

anisotropy maximum value of 1 for a shear angle 

between 0° and 20° where the effect of the stitching 

yarn and the effect of the shearing of the reinforcing 

yarn are balanced. 

5 Conclusion 

In this paper the influence of shearing on the in-

plane permeability of two glass fiber fabrics and two 

carbon NCFs ± 45° was investigated. For both 

materials the influence of the increasing fiber 

volume content due to shearing at a constant cavity 

height is significant. The K2 permeability of the 

material Hexcel 1103 decreases by 80 %. Besides 

the influence of the increasing fiber volume content 

the reorientation of the fibers has a major influence 

on the permeability. The influence of the 

reorientation of the fibers is very different for both 

materials.  

The orientation angle of the glass fiber fabrics 

increases due to the shearing of the textile by half of 

the shear angle. For a shear angle of 10° the 

orientation angle is 5° and so on. The anisotropy for 

the glass fiber fabrics Hexcel 1103 decreases due to 

shearing. For the Hexcel 1113 (a very anisotropic 

textile) the anisotropy does not change significantly 

due to shearing. Two further investigated glass fiber 

fabrics (not presented in this study) showed the same 

behavior. It seems that the anisotropy of fabrics with 

an initial anisotropy value >0.5 are influenced by 

shearing whereas fabrics with a very low anisotropy 

value are not influenced by shearing. 

The investigated NCFs have a very different 

behavior compared to the glass fiber fabrics. Due to 

shearing the orientation angle switches abrupt from 

0°-direction to the 90°-direction of the textile. This 

switching of the orientation angle occurs at a certain 

shear angle between 0° and 20°. 

Summarizing, the shearing has a huge influence on 

the permeability which has to be taken into account 

for process simulation. The permeability of different 

materials can have a very different behavior due to 

shearing.  
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Fig. 1. Shearing of a 0°/90° reinforced fabric  

 

Fig. 2. Shearing of a ± 45° reinforced non-crimp 

fabric, not sheared (left) sheared (right) 

 

 
Fig. 3. Permeability measurement cell 2D-Capa-

Perm 

 

 
Fig. 4. 2D-permeability measurement method to 

determine the permeability of textile reinforcement 

 

 
Fig. 5. Permeability measurement data versus the 

fiber volume content for the fabric Hexcel 1103 at 

different shear angles 

 

  

 

Shearing 

Shear direction 

Shear direction 

Textile Textile 

Fiber orientation 
Fiber 

orientation 

α/2  

ICCM19 4632



 

7  

INFLUENCE OF THE SHEARING OF TEXTILES ON THE IN-PLANE 

PERMEABILITY    

 
Fig. 6. Permeability measurement data versus the 

fiber volume content for the fabric Hexcel 1113 at 

different shear angles 

 

 
Fig. 7. Influence of the increasing fiber volume 

content due to shearing at a constant cavity height on 

the permeability (shown for the K2 permeability of 

the woven fabric Hexcel 1103) 

 

 
Fig. 8. Orientation angle of the permeability with 

respect to the shear angle at different fiber volume 

contents for the glass fiber fabric Hexcel 1103 

 

 
Fig. 9. Influence of the shear angle on the 

anisotropy of the permeability values for the 

woven fabric Hexcel 1103 

 

Hexcel 1103 
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Fig. 10. Influence of the shear angle on the 

anisotropy of the permeability values for the 

woven fabric Hexcel 1113 

 

 
Fig. 11. Permeability measurement data versus the 

fiber volume content for the NCF Sigmatex DMC 

2711270 at different shear angles 

 

 

 

 

 
Fig. 12. Permeability measurement data versus the 

fiber volume content for the NCF Sigmatex DMC 

3011270 at different shear angles 

 

 
Fig. 13. Orientation angle of the permeability with 

respect to the shear angle of the NCF Sigmatex 

DMC 2711270 and 3011270 

Anisotropy  
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Fig. 14. Influence of the shear angle on the 

Anisotropy of the permeability values for the NCFs 

Sigmatex 2711270 and 301 2170 

 

Tab. 1. Textile specifications for glass fiber fabric 

Hexcel 1103 and Hexcel 1113 

Manufacturer 

designation 

Hexcel 

1103 

Hexcel 

1113 

Weave Plain Twill 

Fiber type 
(EC9 68) x 

3 

(EC9 68) x 

3 

Yarn density 

in warp / weft 

[picks/cm] 

7/7 5.9 / 6.6 

Linear 

density in 

warp / weft 

[tex] 

204 / 204 340 / 272 

Areal weight 

[g/m²] 
286 385 

Crimp warp / 

weft [%] 
0.57 / 1.47 0.43 / 0.94 

 

 

 

 

 

Tab. 2. Textile specifications for the NCF Sigmatex 

DMC 2711270 and Sigmatex DMC 3011270 

F
ab

ri
c 

Manufacturer 

designation 

Sigmatex 

DMC 

2711270 

Sigmatex 

DMC 

3011270 

Fiber 

orientation 
±45° ±45° 

Areal weight 

[g/m²] 
302 304 

Fiber typ and 

finish 

T700SC 

60E 

T700SC 

60E 

S
ti

tc
h
in

g
 y

ar
n
 

Material 
Black 

Polyester 
Polyester 

yarn count 

[dtex] 
36 80 

Gauge 

[1/inch] 
E5 E5 

Weight 

[g/m²] 
4 6 

Stitching 

type [mm] 
Hybrid Hybrid 

Stitching 

length [mm] 
2.86 2.86 
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Introduction
Composite materials are increasingly being used in 
aerospace structures and current design 
methodologies need to be improved in order to 
achieve lightweight efficient structures at low cost. 
The orthotropic properties of composite materials 
complexify analytical formulation development, 
especially for instability problems such as buckling. 
Buckling needs to be considered when designing a 
number of aerospace structures; for instance, it is an 
important design criteria for frames used to reinforce 
fuselage skins. In such a construction, the frames are 
attached to the fuselage skin and the junction 
between the frames and the skin provides some 
stiffness that can help prevent buckling. The web of 
the frames can be assumed to be a composite plate 
with a composite flange at one edge. Neglecting the 
radius of curvature, the frames buckling problem 
becomes one of a composite plate with a free flange 
and some boundary conditions on the remaining 
edges (Fig.1). 

Many authors worked on buckling of composite 
plates with a combination of free, simply supported, 
clamped and rotationally restrained boundary 
conditions [1-7] and a few authors proposed a 
formulation for plates reinforced by a flange. 
Mittelstedt [8] worked on the case of a composite 
plate having three simply supported edges and one 
edge reinforced by a free flange. He presented an 
exact analytical formulation and some approximate 
formulations for the prediction of the buckling load 
that was in good agreement with results of finite 
element analysis. In the present work, we develop an 
analytical formulation for the local and lateral 
buckling analyses of a composite plate, representing 
the web of a frame reinforced with a flange, 
assuming a different set of boundary conditions (see 
Fig.1). In effect, Mittelstedt used a simply supported 
boundary condition at the edge representing the 
junction with the fuselage skin. In the present study, 

this  edge  is  assumed  to  be  clamped,  as  it  is  shown  
that having a simply supported boundary condition 
is too conservative. A comparison between the 
predictions of the analytical formulation and those of 
finite element analyses is performed, in order to 
validate the developed analytical model.  

 
Fig.1 - Considered structure 

Problem statement
The considered structure is an orthotropic web, 
referred to as orthotropic plate on Fig. 1, of length a 
and width b. The web is simply supported and 
loaded in compression ( x) at x = 0 and x = a and 
clamped at y =  0.  A  free  flange  of  width  h his 
considered at y = b,  as  shown  on  Fig.1.  This  flange  
consists  of  an  orthotropic  laminate  and  is  
represented by a extensional stiffness (EAf), a 
bending stiffness (EIf) and a torsional stiffness (GJf). 
The stress-strain relationship is based on classical 
laminate plate theory [9, 10] and symmetric and 
balanced stacking sequences are assumed. Thus, the 
bending-torsion coupling of the plate is neglected. 
The web thickness is assumed to be small compared 
to its dimensions and the displacements are linear 
and small compared to the thickness of the web. The 
following expression describes the relationship 
between the bending moments M and the laminate 
curvature 0. 
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=
0
0

0 0
                      (1) 

The matrix coefficients Dij (i, j = 1, 2 and 6) are the 
bending stiffness coefficients of the laminate. From 
the classical laminate theory, a relationship between 
curvature and deformation is given by: 

2            (2) 

where w is the out of plane displacement of the web. 
The web governing differential equation is: 

+ 2( + 2 ) +

= 0                                                             (3) 

The two loaded edges being simply supported at x = 
0 and x = a, the deformation shape in the x direction 
is assumed to be sinusoidal: 

( ) = sin ( )                                     (4) 

where ( ) is assumed to be a function of y only 
and m expresses the number of half-waves in the 
buckling mode. Finding the fundamental solution for 

( ) [11], the deformation equation becomes: 

( ) = sin +

+

                                                      (5) 

where B1,2,3,4 are unknown parameters and k1 and k2 
are calculated [11]: 

= 

1
( + 2 ) ± ( + 2 )  

                                                                                (6) 

2.1 Boundary conditions
A clamped boundary condition is considered at y = 
0: 

| = 0                                                              (7) 

= 0                                                             (8) 

These two equations reduce the number of unknown 
parameters B1,2,3,4 from four to two: 

                                                               (9) 

                                                        (10) 

The deformation shape equation is then reduced to: 

( )

+

                 (11) 

At y = b, the bending moment of the web works 
against the torsion of the flange, as stipulated by 
Mittelstedt [10]: 

= 0             (12) 

Finally, a relationship between shear force in the 
web and the bending and compression in the flange 
exists at y = b: 

+

) = 0                                            (13) 

where Nx is the load per unit width on the web and  
is the ratio of the flange extensional stiffness (EAf) to 
the web extensional stiffness (EAw): 

= =                                                      (14) 

where Ex is the equivalent Young’s modulus of the 
web in the x direction and t is  the  thickness  of  the  
web. 
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2.2 Solution
Equations (12) and (13) cannot be solved directly. 
Instead, the system of two equations is solved by 
setting its determinant equal to zero: 

cosh cos +

cosh sin +

sinh cos +

sinh sin = 0          (15a) 

where 

( + 4 ) + 2
+ 2 ( + 2 )( ) 

                                                                            (15b) 
=
( ) +

                                                               (15c) 

=
( )

                                                               (15d) 

1 ( +

) + 1                                                 (15e) 

( )                                   (15f) 

Solving equation (15) for Nx is done using a numeric 
algorithm because of the transcendental nature of 
this equation. 

Results

The formulation just developed for a clamped 
boundary condition at y = 0 is compared to that of a 
simply supported boundary condition using a simple 
example representing a typical fuselage frame. The 
frame web has a length a = 450 mm and a height b = 
85 mm. The width of the flange h is ranged from 0 
mm to 100 mm. The web stacking sequence is 
[(45 /90 45 /0 )(45 /90 45 /0 )]  
leading to a total thickness of 3.48 mm. The flange 
stacking sequence is [(45 /90 45 /0 ) (45 /
90 45 /0 )]  corresponding to a total thickness 

of  5.51  mm.  The  flange  and  web  are  made  of  the  
same fibre reinforced material having the properties: 
E11 = 149 GPa 
E22 = 10.1 GPa 
 = 0.33 

G12 = 4.55 GPa 
Ply thickness = 0.145 mm 

Buckling loads were predicted using the analytical 
formulation presented in the current work for the 
case of a clamped boundary condition (at y = 0), and 
compared to those of Mittlestedt for the case of a 
simply supported boundary condition (at y = 0). The 
analytical results were compared to the finite 
element analysis method using Nastran software. In 
the finite element model (Fig.2), the plates, both web 
and flange, are made of CQUAD4 elements having 4 
nodes with 6 degrees of freedom (x, y, z translations 
and x, y, z rotations). A convergence study was 
conducted in order to refine the mesh to satisfactory 
results. For the size of the plates considered in this 
paper, the final mesh consists of square element of 5 
mm width. Forces are applied on nodes of the web 
and flange edges at x = 0 and x = b (Fig.2). The first 
buckling mode obtained for each flange width was 
considered and the corresponding buckling load was 
recorded. Comparison of buckling loads predicted 
by the analytical formulation and finite element 
model  are presented on Fig.3 for simply supported 
(Mittlestedt) and clamped boundary conditions at y = 
0. Analytical formulation seems to be in good 
agreement with the finite element analysis for a 
flange width below 70 mm (clamped boundary 
condition) and 78 mm (simply supported boundary 
condition). With larger flanges, the buckling mode is 
changed from web buckling (local or lateral) to a 
flange local buckling mode (Fig.3), which is not 
captured in the analytical formulation. This flange 
local buckling mode must be studied using a 
different formulation as the analytical formulation 
presented in this study focuses on web buckling 
only.  The results  also demonstrate  that,  in  this  case,  
having a flange larger than 42 mm gives no 
additional stiffness to the frame against buckling. 
This can be seen as a minimal yet acceptable flange 
width [8] providing simply supported condition to 
the web. 
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Fig.2 - Finite element model of considered structure, displacements are indicated by U. 

 
Fig.3 - Buckling load predicted by analytical formulation (Theory) versus finite element method (FEM). The simply 

supported boundary condition at y = 0  is indicated by (SS) and the clamped boundary condition is indicated by (C). 

The selected example shows that using a simply 
supported rather than a clamped boundary condition 
(at y = 0) reduces the predicted buckling load by 30% 
for large flanges and even more for small flanges. 
Assuming the real-life condition is closer to the 
clamped boundary condition, the simply supported 
boundary condition would lead to overdesign of the 
composite frame. 

With a real airplane fuselage, the skin-stringer 
assembly gives a support to the frame web at the skin 
location (y = 0). The support that the skin-stringer 
assembly provides to the web is somewhere between 
the simply supported and clamped boundary 
conditions. To compare the simply supported and 
clamped boundary conditions with a realistic case, a 
skin-stringer support example is presented. This 
example represents a skin-stringer assembly having a 
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typical stiffness used in the aerospace industry. The 
stringer  consists  of  an  I-beam  and  is  assumed  to  be  
perfectly fused to the skin. Dimensions and properties 
of the skin-stringer assembly are presented in Table 1. 
The finite element models used to find the rotational 
stiffness of the skin-stringer assembly (at y = z = 0) are 
presented in Fig.4 and Fig.5.  In  those  models,  a  
transverse load is applied on the frame to create a 
moment at y = z =  0  and  the  deformation  angle  is  
recorded. As shown on Fig.6, the average angle 
(neglecting edge effect) obtained with the skin-stringer 

assembly is matched using rotational springs. Then, 
those rotational springs are added to the frame finite 
element model (Fig.2) at y = 0. Those rotational 
springs are a third boundary condition for the web. 
Then, all three boundary conditions are compared 
using finite element analysis and results are shown on 
Fig.7. The results confirmed the previous assumption 
that the buckling load of a typical skin-stringer 
assembly  is  much  closer  to  the  buckling  load  of  a  
clamped boundary condition than that of a simply 
supported boundary condition. 

 

 
Fig.4 - Finite element model (skin, stringer and frame web) used to find the skin-stringer rotational stiffness at y = 0, 

displacements are indicated by U and rotation by R. 
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Fig.5 - Finite element model (frame web and rotational springs) used to find the skin-stringer rotational 

stiffness at y = 0, displacements are indicated by U and rotation by R.

 
Fig.6 - Rotation at y = 0 using the skin-stringer and rotational springs finite element results 
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Fig.7 - Predicted buckling load for various boundary conditions at y = 0 using the finite element method. Boundary 
conditions are indicated by SS (simply supported), C (clamped) and RS (rotational springs representing the skin-stringer 
support). The properties of the skin-stringer assembly are indicated in Table 1. 

 

Table 1 - Dimensions and laminates of the skin-stringer assembly 

 
Skin-Stringer 

Laminate Thickness Size 

 Name mm mm 
Inner flange [(45 /90 / 45 /0 )(45 /90 / 45 /0 )]  3.48 3 

Web [(45 /90 / 45 /0 )]  1.45 20 
Bottom flange [(45 /90 / 45 /0 )]  1.45 10 

skin [(45 /90 / 45 /0 )]  1.16   
Stringer spacing     150 
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Conclusion and future work

The present work demonstrated that assuming a 
simply supported boundary condition at the skin is a 
conservative assumption. On the other hand, the 
proposed formulation for a clamped boundary 
condition is closer to the reality but overestimates the 
buckling loads. Therefore, a mathematical 
formulation for the case of a rotationally restraining 
boundary condition will be developed in the future. 
This case would better represent the real-life 
boundary condition, which is somewhere between the 
simply supported and clamped boundary conditions. 
This will allow the development of efficient 
lightweight frames.  

The formulation presented in the current paper is not 
a closed-form solution and needs to be solved 
numerically. In order to provide the aerospace 
industry with a quick way of estimating the buckling 
load of a frame, an approximate closed-form 
formulation should be developed in the future. 
Furthermore, the straight web-flange formulation 
presented in this study should be extended to 
incorporate the radius effect in order to get a more 
accurate representation of a real aerospace frame.  
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1 Introduction  

Carbon fiber reinforced polymers (CFRP) are 

nowadays applied to a number of primary structures 

and have gained in importance in the transportation 

industry in recent years. Due to their high stiffness 

to weight and strength to weight ratio they are 

considered to be an alternative to conventional 

structural materials with higher density in many 

areas. Along with a growing use of CFRP comes a 

growing demand for joining technologies that rise up 

to the challenges such a material poses. Special care 

has to be taken of fiber alignment and out of plane 

stresses because of the anisotropic behavior of CFRP 

and its laminar structure [1, 2]. Conventional 

bonding technologies such as adhesive bonding, 

bolting and riveting only partly meet these 

challenges. Bolting and riveting for example have a 

mandatory need for drilling the CFRP and therefore 

cutting continuous fibers in the CFRP which are 

essential for the load transfer [3, 4]. Moreover, the 

cross-section gets reduced, stress concentrations can 

appear around the holes and there is an imminent 

danger of delamination with drilling of fiber 

reinforced polymers [4–7]. Adhesive bonding on the 

other hand does not account for out of plane or peel 

stresses, it possesses low bonding strength and 

makes wide connection areas necessary [8].  

Various 3D reinforcement methods have been 

studied over the recent years with the goal to 

establish either a mechanical link between the 

different plies of the laminate (structural 

reinforcement), or between two adhesive-bonded 

laminates (joining reinforcement) [9]. Tufting [10, 

11], stitching [12–16] and z-pinning [10, 17–19] are 

examples of such reinforcement methods.  

A novel joining technology now aims at combining 

the joining mechanisms form-fit and adhesive 

bonding, with an integrative joint approach [20, 21].  

Arrays of vertical elevations (pins) are disposed on 

thin metal sheets through the modified cold metal 

transfer welding process (CMT-pin) of FRONIUS 

International [22]. The underlying CMT process is a 

low-energy arc-welding process which allows the 

energy efficient welding of thin metal sheets in a 

material gentle manner. The adjustment of the 

welding control, welding current, voltage, and the 

wire movement are key issues for the modified 

CMT-pin process. It consists of the following steps:  

1. Warm up and filler wire deposit phase 

The filler wire is moved towards the weld-

pool until a short cut ignites an electric arc 

between filler wire and metal sheet. The 

electric arc melts the metal surface and the 

filler wire. The end of the molten wire is 

moving down to the metal and dipped into 

the weld-pool on the surface. 

2. Cooling phase 

Energy input is stopped. The molten weld-

pool and attached filler-wire cool down. 

3. Pin sculpturing phase 

Shaping of the welding agent is carried out 

through introduction of a combination of 

electric current and tensile force. This leads 

to tearing off the wire at a certain height 

with a specific pin geometry.  

Possible pin shapes are cylinder pins with a flat 

ending, spike pins with a tipped ending, and 

ballhead pins with a spherical ending [21]. The 

combination of a ballhead pin with a small spike pin 

on top of it results in a ballhead spike pin. The 

ballhead with its spherical undercut supports the 

load transfer. The tipped ending on top enhances the 

draping of dry or pre-impregnated fibers onto arrays 

of such pins. 

When fiber-textiles are placed onto arrays of pins, 

the pins penetrate the single layers. They push aside 

the fibers and build up a loose form with only little 
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influences to the fibers. After the curing process the 

pins form a through thickness reinforcement with the 

composite [21, 23].  

This work determines the influence of this novel 

CFRP to CFRP joining technology on the load 

transfer behavior and damage tolerance. The focus is 

put on single lap shear CFRP to CFRP specimens 

(SLS) which are reinforced with thin metal inserts 

with arrays of pins (see Fig. 2) on top and bottom 

side. The metal inserts are located in the 30 mm 

overlap region between the two 110 mm long CFRP 

laps. 

 

2 Experimental 

2.1 Materials and specimens  

The materials used for the specimens, in this study, 

were an epoxy resin from Hexcel Composites 

(Hexflow
®
 RTM6) reinforced with high tenacity, 

standard modulus fibers from Toho Tenax for the 

CFRP parts. Metal inserts were made of stainless 

steel type AISI 304 with a sheet thickness of  

t = 0.6 mm. Ballhead spike pins were made of filler 

wire type AISI 316L.  

 

 

 
(a) 

 
(b) 

Fig. 1. SLS specimen geometry, (a) Sectional view of 

the specimen, (b) Final SLS joint specimen.  

 

 

   
(a) (b) (c) 

Fig. 2. Three types of pin arrays on metal inserts:  

(a) array 1, (b) array 2, (c) array 3. 

 

 

 

The SLS specimens were reinforced with pinned 

metal inserts and three different arrangements of 

4 x 6 ballhead spike pins (Fig. 2). In the case of 

array 1 the pins had an equal distance arrangement 

(Fig. 2a). The outer two, across aligned columns of 

2x6 pins were 1.5 mm away from the free edges of 

the metal insert. The inner two columns of 2x6 pins 

were py = 7.0 mm away from the outer two columns. 

The axial aligned 6 rows of pins had an equal pitch 

of px = 4.17 mm. In the case of array 2 (Fig. 2b) the 

pins were arranged at the end positions of the inserts. 

The outer two columns of 2x6 pins were 1.5 mm 

away from the edges of the metal insert. The inner 

two columns of 2x6 pins were py = 3.0 mm away 

from the outer two columns. In the case of array 3 

(Fig. 2c) pins were arranged at the four corners of 

the insert in a triangular shape. The position of the 

first pin is equal to pin array 1 and 2. The pins had 

an equal pitch of px = py = 3.0 mm.  

The pin arrays were manufactured in an automated, 

computer controlled welding machinery. The 

welding head of the CMT unit was attached to a 

three axes moving portal, see Fig. 3. Blank metal 

inserts are fixated in so called “mounting plates” 

which were attached to the machine frame. The 

mounting plates were used for accurate positioning 

of the blank metal inserts for CMT-pin welding. The 

x- and y-axes were the in-plane movement directions 

of the CMT welding head, the z-axis was needed for 

lifting and lowering the CMT welding head away 

and towards the metal insert. The welding accuracy 

of the whole setup accounted to ± 0.1 mm.  

 
Fig. 3. Fully automated, computer controlled CMT 

welding machine used for the production of 

metal inserts with different arrays of pins.  
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3  

NOVEL COMPOSITE-COMPOSITE JOINING TECHNOLOGY WITH THROUGH  

THICKNESS REINFORCEMENT FOR ENHANCED DAMAGE TOLERANCE  

Fig. 4 shows a metal insert with pin array type 1 

after being produced in the above mentioned 

automated pin welding process and before cleaning 

and sandblasting. The pins had a shaft diameter of 

0.8 mm and an overall height of 3.3 mm. 

Prior to the draping process the thin metal sheets and 

pins were surface treated by cleaning and 

sandblasting in order to remove contaminations such 

as grease and welding tinder. At the same time 

sandblasting increased the roughness of the metallic 

surface and therefore increased the adhesion 

between the metal and the epoxy resin. This was 

proofed by fracture mechanical measurements which 

will be published elsewhere. In a final step the 

inserts were cleaned with an organic solvent.  

For the preforming process the metal sheets were 

accurately and reproducibly fixed within a metal 

mould. A set of dry CFRP textile layers was draped 

onto the pin arrays (Fig. 5) in a symmetrical manner 

so that a quasi-isotropic lay-up was achieved.  

 

 

 

 

 
 

Fig. 4.  Detail of a pinned interface (pin array 1). The 

pins had a ballhead with a spike on top in order 

to ease draping of the dry carbon fiber textile 

onto the pin reinforced inserts. 
 

 
 

Fig. 5. Draping of carbon fiber textiles onto metal insert 

with pin array 2.  

 

CFRP specimen-panels (Fig. 6) were produced via a 

liquid resin infusion (LRI) process. This low 

pressure injection process has been chosen as a cost 

effective alternative to an autoclave process or a 

press forming process. Another reason for using LRI 

was the need for the application of dry fiber textiles 

due to their lower resistance against penetration of 

single layers by pins and the lower risk of wrinkles 

within the layers due to draping of the textile over 

the pins.  

Single SLS-specimens were cut out of the final 

CFRP specimen-panels (Fig. 6) by waterjet cutting. 

Before waterjet cutting GFRP tabs were bonded onto 

the endings of the CFRP specimen-panels to ensure 

both a symmetric clamping of the SLS joint 

specimens within the test system and an axially 

aligned joining interface (see Fig. 1). The final joint 

specimens had a width of 25 mm and an adhesive 

bonding area of 750 mm².  

 

 

 
Fig. 6. CFRP specimen-panel. 

 

CFRP 

Metal sheets with pins 
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Adhesive-bonded reference specimens were of 

identical shape. They did not contain metal inserts 

and were manufactured in a different way. Two 

separate CFRP panels with a quasi-isotropic CFRP 

stacking were bonded with 3M Scotch-Weld 

adhesive film type AF 163-2L.  

 

2.2 Test methods  

Tensile tests on SLS specimens were executed on a 

servo-hydraulic test system, MTS 322, with a load 

range of 250 kN. The specimens were loaded with a 

displacement controlled static loading at a crosshead 

velocity of 2 mm/min. The optical deformation 

measurement system ‘Aramis’ was used in order to 

get full field strain information of the specimens’ 

edges. One edge of the overlap region was therefore 

sprayed with graphite to form a speckle pattern on 

the surface. The relative movement of the single 

speckle pattern points was tracked by two cameras 

and computed into a three-dimensional displacement 

and strain field. This gave information about highly 

strained and hence highly loaded joint areas. Crack 

initiation and crack growth along the metal to 

composite interfaces in the hybrid joint could 

thereby be visualized in the post-processing. All 

tests were carried out at a laboratory atmosphere of 

23 ± 1 °C, room temperature, and 50 ± 10 % relative 

humidity. All presented micrographs were taken 

with an optical stereo microscope type Olympus 

SZX12.  

 

3 Results 

3.1 Pin reinforced SLS joints  

Fig. 7 shows the load transfer behavior of the SLS 

specimens reinforced with the three types of pin 

arrays as depicted in Fig. 2. Shear stresses are 

plotted versus local joint strains. Shear stresses were 

calculated by relating the measured load to the 

joining area of each specimen. Axial local joint 

strains were measured with Aramis at ± 10 mm from 

the overlap region (50 mm gage length).  

Regardless of the pin array in use, at start the curves 

rise linearly until a first distinct load peak is reached, 

the so called “first failure stress” (FFS). This is 

followed by a load drop, and by a second load peak - 

load drop combination. This is then followed by a 

non-linear loading behavior until another maximum, 

the shear strength (SS), is reached. This occurs at 

high local joint strains between 2.5 - 4.0 %. After 

reaching the shear strength the loads drop and the 

specimens fail. The comparison of measured first 

failure stresses, shear strengths and derived total 

deformation energies is given in section 3.3. 

 

 

 

 
Fig. 7. Mean shear stress versus local joint strain for 

tensile tested pin reinforced SLS specimens.  

 

 

 

Fig. 8 shows the failed joint section of a SLS joint 

which was reinforced with pin array type 1. The first 

row of pins (left) were pulled out of the CFRP 

whereas three of rows pins (right) were sheared off 

with small metal residua left on the top surface of 

the metal insert. The metal insert still upholds the 

connection to the bottom CFRP. However, it is not 

visible to which extent the pins on the bottom insert 

surface were deformed. It is assumed, that elevated 

peel stresses at the edges of the SLS specimen 

occurred due to the change in cross-sectional area 

and therefore tensile stiffness. This may have lead to 

pull out of one row of pins. Possible influences of 

processing on the failure behavior have yet to be 

investigated.  

The correlation between the load transfer graphs of 

Fig. 7 and post-processed Aramis data allows for a 

better interpretation of the stress strain curves and 

the failure processes within the SLS joints under 

loading.  

The adhesive bonding line between the CFRPs and 

the metal insert faced the highest strains at first 

failure stresses (Fig. 9a). In these areas, crack 

SS 
FFS 
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initiation and crack growth appeared predominantly. 

After further loading and complete failure of the 

adhesive bonding interface, the pins bear the applied 

load mainly due to the form-fit connection between 

the CFRP and the spherical undercut of the metal 

ballhead pins. At this stage of the test the area 

surrounding the pins faced the highest strains  

(Fig. 9b).  

 

 

 

 
Fig. 8. Photograph of specimen, reinforced with pin 

array type 1, after final failure. Most of the pins 

were sheared off. One row of pins at the edge of 

the specimen was pulled out.  

 

 

 

 
(a) 

 
(b) 

 

Fig. 9. (a) Distribution of major (axial/total) strains at 

first failure stress (FFS).  

(b) Distribution of major (axial/total) strains at 

pull out of the pins before reaching the shear 

strength (SS).  

 

 

Fig. 10 shows a micrograph of the interface region 

of the SLS specimens after final failure, where the 

specimen was not able to carry any loads anymore. 

Pins were bent and partially pulled out of the matrix. 

The pins on the opposite side of the metal sheet were 

fully sheared off (see Fig. 11).  

 

 
Fig. 10. Micrograph of pins after final failure. Carbon 

fibers below the pin heads are held back by the 

pins’ undercut face.  

 

 
Fig. 11. Micrograph of failed pins after final failure. The 

heads were sheared off and one layer of CFRP 

was held back and separated from the rest of the 

beam.  

3.2 Adhesive bonded reference joints 

The loading behavior of adhesive-bonded reference 

specimens can be seen in Fig. 12. The mean shear 

strength results to 7.9 ± 1.8 MPa at local joint strains 

of 0.21 ± 0.05 %. After reaching one distinct peak 

spontaneous failure sets in. Final joint failure is 

reached at strains of around 0.75 %. These are much 

lower compared to strains of > 4 % for SLS 

specimens with pin reinforcement. 

Fig. 13 shows the failure behavior of an adhesive 

bonded specimen recorded with Aramis. Cracks 

initiate at the edges of the overlap region when 

maximum stresses are reached (see Fig. 13a). 

4.0 

0.0 

3.2 

3.6 

2.4 

0.4 

1.2 

1.6 

2.0 

0.8 

2.8 

pins sheared off pins pulled 

out 
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Fig. 12. Mean shear stress versus local joint strain for 

tensile tests on adhesive bonded reference joints. 

 

 

 

 

 
(a) 

 

 
(b) 

 
Fig. 13. (a) Distribution of major (axial/total) strain in an 

adhesive bonded reference joint at shear strength 

(SS in Fig. 12).  

(b) Distribution of major (axial/total) strain at 

first failure stress (FF in Fig. 12). 

3.3 Comparison 

Fig. 14 shows a comparison of first failure stress 

values of the three versions of pin reinforced SLS 

joints with adhesive bonded reference joints. Pin 

array type 2 (ending edge distribution) reached the 

highest first failure stresses of 14.1 ± 1.3 MPa. First 

failure stresses of SLS specimens reinforced with 

pin array type 1 (equal distance distribution) 

accounted to 13.4 ± 0.5 MPa, which lie within the 

standard deviation range of pin array type 2. SLS 

joints with insert type 3 (triangular pin distribution) 

reached first failure stresses of 12.3 ± 0.5 MPa. This 

is distinctively less than the first two versions. 

Compared to adhesive bonded reference joints, pin 

reinforced SLS joints type 1, 2, and 3 show + 70.2 %, 

+ 79.0 %, and + 56.0 % increased failure stress 

respectively.  

The improvement is related to the reinforcing pins 

and their positions. The alignment of pins close to 

the outer ends of the overlap region of the SLS 

specimen reinforces the metal to CFRP interface. 

This is in the area where the highest peel stresses 

occur due to the abrupt change in cross-sectional 

area and the tensile stiffness. Also, crack initiation 

and propagation is delayed. In the case of pin array 

type 2 more pins (2 x 6) are closer to the outer ends 

compared to pin array 1 (1 x 6). Therefore, pin array 

2 reaches higher first failure stresses.  

Fig. 15 shows the comparison of the shear strengths 

of the three pin reinforced SLS joints with shear 

strengths of adhesive bonded reference joints. 

Similar to first failure stresses, the shear strength 

improves remarkably through the use of pins as 

reinforcement. Pin array type 1 reaches shear 

strengths of 15.5 ± 0.3 MPa. This shows + 5.5 % 

increase and + 16.7 % compared to pin array type 2 

and pin array type 3, respectively. The comparison 

with adhesive bonded reference joints shows 

increased shear strengths of + 97.2 %, + 86.8 %, and 

+ 68.9 % for the three SLS pin reinforced joint, 

respectively. In contrast to first failure stresses, the 

shear strength for pin array 1 is slightly higher than 

for pin array 2.  

 

 

 
Fig. 14. First failure stresses (FFS) of adhesive bonding 

lines between CFRP and metal inserts for SLS 

specimens reinforced with three different types 

of pin arrays compared to the shear strength (SS) 

of an adhesive-bonded CFRP to CFRP specimen.  
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Fig. 15. Shear strength (SS) of SLS specimens reinforced 

with pin arrays compared to the shear strength 

(SS) of adhesive-bonded SLS specimens.  

 

The amount of sheared off pins was counted and 

related to the overall applied number of pins for each 

batch of pin-reinforced SLS joint. This allowed for 

the correlation between the pin arrangement and the 

resulting failure stresses. In the case of joints with 

pin array 1, 77 ± 13 % of the pins were sheared off 

whereas 51 ± 19 % of pins were sheared off in the 

case of pin array 2. In the case of pin array 3 most of 

the pins were pulled out of the CFRP. Only 17 ± 

19 % of pins were sheared off.  

A direct relationship between the amounts of 

sheared off pins and the shear strength level can be 

concluded. The more pins are sheared off, the higher 

the shear strength of the pin reinforced SLS joints. 

Thus the form-fit of the pins needs to be improved in 

order to further raise the amount of pins that are 

sheared off and to fully exploit the maximum shear 

strength of pin reinforced SLS joints. This especially 

accounts for pins in areas affected by peel stresses.  

 

Fig. 16 shows a comparison of the total deformation 

energy sustained by the four tested SLS specimen 

versions. The total deformation energy is defined as 

the area under the force vs. local displacement curve 

until the specimen is fully unloaded. Adhesive 

bonded specimens failed in a brittle and spontaneous 

manner at low loads and low local joint expansions 

(see Fig. 12). Therefore, the total sustained 

deformation energy results to 1.2 ± 0.4 kJ. In 

contrast, SLS specimens with pins were able to carry 

loads at a higher level until final failure at high local 

joint strains was reached (see Fig. 7). 

 

 
Fig. 16. Total deformation energy of SLS specimens with 

pin reinforced interfaces compared to adhesive 

bonded reference joints. 

 

The three SLS joint versions could stand 

deformation energies of 22.3 ± 1.7 kJ, 22.0 ± 3.4 kJ 

and 22.1 ± 1.3 kJ, respectively. These values are 

approximately 19 times higher compared to adhesive 

bonded reference joints. The similarity in 

deformation energy containing pin arrays allows for 

the conclusion that deformation energy primarily 

depends on the amount of installed pins, but not on 

arrangement of the pins. 

 

4 Conclusions and Outlook 

It was shown that metallic pins with small 

dimensions can be produced in a fully automated 

manufacture process on thin metal inserts via a 

modified cold metal transfer process. The use of 

ballhead pins with a spike on top improves both the 

drapability and the reinforcement of joining areas in 

CFRP to CFRP SLS joints. 

The use of such pins in the adhesive bonded 

interface leads to an additional form-fit within the 

joint which improves the load transfer performance 

of the SLS joints. The use of reinforcing pins 

increases failure stresses and changes damage 

tolerance distinctively compared to adhesive bonded 

specimens. This is reached without the need to cut 

fibers or drill holes and without a significant 

increase of structural weight also.  

The arrangement of pins near the outer edges of the 

metal inserts leads to high first failure stresses 

whereas the alignment of pins close to the center 

leads to higher failure strengths. The arrangement of 
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pins has no distinct influence on the level of total 

deformation energy, only the number of pins.  

Future investigations will focus on metal inserts with 

pins made of titanium both in single lap shear and 

double lap shear joint configurations. Furthermore, 

the comparison of load bearing capacities with 

reference joints will be done under tensile loading, 

both static and fatigue. Fracture mechanical 

investigations will also be done on pin reinforced 

double-cantilever beam and end-notch flexure CFRP 

specimens. 
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Abstract  

This study focuses on the effect of complete water 

immersion and one sided water exposure condition 

on the cyclic fatigue behavior of carbon fiber 

reinforced vinyl ester composites (CF/VE) that use 

as facings for sandwich structures whose mechanical 

behavior is influenced by resin, for example[±45]2s. 

In our study, experimental results for facings 

resulted in failures for much lower number of 

loading cycles when fatigued under immersed 

conditions surrounded by sea water than in air. Once 

fluid has penetrated the composite surface by 

capillary action through micro-cracks or along the 

sides through inter-layers/laminates, its inability to 

evacuate the water that has entered the composite 

and the large compressive stress it experiences 

during the down loading stages of the fatigue load 

due to the near incompressibility of water results in a 

large increased of internal pore/crack fluid pressure 

dominating the failure mechanism. Sea water 

induced fatigue degradation data and corresponding 

micro-structure after failure using high resolution X-

ray computed tomography are presented. 

1 Introduction  

The failure of CF/VE composites under fatigue 

loading results from accumulated damage as a result 

of various deformation mechanisms including fiber 

delamination, matrix failure, and fiber failure. 

Additionally, for naval composites, marine 

environment such as sea water exposure influence 

the fiber, matrix and the fiber/matrix interface most 

often simultaneously. In addition, they encounter 

different loading patterns during their operational 

life due to sea water surrounding the composites 

during their service life.  

 

Extensive studies [1-3] have shown that fatigue 

loading is important to consider for evaluating 

critical modes of structural failures. Fatigue damage  

as a function of modulus degradation was first 

proposed for predicting fatigue life [4]. A stiffness 

degradation model was used to predict the fatigue 

life of fiber and matrix dominated graphite/epoxy 

composites [5, 6].  

 

Recent studies of authors [7, 8] using carbon fiber-

reinforced vinyl ester composites with a lay-up 

configuration of [±45]2s exhibited disparate failure 

mechanisms when fatigued in air as compared to 

immersed conditions under sea water, resulting in 

premature failures when completely submerged in 

fluid. These studies focused on the effect of confined 

or immersed and one sided water exposure on the 

cyclic fatigue behavior of resin dominated CF/VE 

facings used in marine sandwich structures.  

2 Material  

The facing material was made of carbon stitch 

bonded fabric designated by LT650- C10-R2VE 

supplied by the Devold AMT AS, Sweden. This was 

an equibiaxial fabric produced using Toray’s T700 

12k carbon fiber tow with a vinyl ester compatible 

sizing. The matrix used was Dow Chemical’s 

DERAKANE 510A-40, a brominated vinyl ester, 

formulated for the VARTM process. The 

bromination imparts a fire-resistant property to the 

composite. Carbon fiber reinforced vinyl ester 

laminated composites consisting of fiber dominated 

[0/90]2s and matrix-dominated [15/75]2S, [30/60]2S, 

[±45]2s cross-stitched lay-ups are considered in this 

study. Test materials were fabricated at North 

Carolina A&T University following standard 

VARTM protocol and appropriate post-curing 

conditions [9].  

3 Material and Experimental approach 

3.1 Material preparation 
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Various types of samples including dry and saturated 

in sea water were considered for the study. The wet 

condition (saturated sample) was achieved by 

immersing the carbon fiber reinforced vinyl ester 

samples in a bath of sea water at 40 ˚C for at least 6 

months prior to testing. Generally saturation upon 

immersion was achieved within approximately three 

months, with a weight gain of about 0.4 %. CF/VE 

laminated composites consisting of [0/90]2S, 

[15/75]2S, [30/60]2S, and [±45]2S cross-stitched lay-

ups were prepared as shown in Fig. 1 for this study. 

 

 

Fig. 1 A carbon fiber reinforced vinyl ester (CF/VE) 

composites panel prepared at different orientations with 

final dimension sample of 200mm by 25mm consisting of 

four cross-stich plies of Devold LT 650 (12k Toray’s 

Torayca T700 carbon fiber tow) and vinyl ester resin. The 

structure of each stitch bonded carbon fabric ply 

combines the fill face in 0˚ direction and warp face in 90˚ 

direction stitched with a polyester knitting thread used to 

form the panel of [fill face/warp face]2S. 

3.2 Static test 

A 250 kN 810 MTS mechanical testing system was 

employed with an MTS 609 alignment fixture to 

integrate a smaller 50 kN axial force transducer for 

precise axial force measurements. Rectangular 

CF/VE samples which are 200 mm long, 25 mm 

wide and approximately 2.5 mm thick were used for 

mechanical testing as per ASTM D3039 procedures 

[10]. Fig. 2 shows an optical image of a sample. 

Tensile tests were performed to determine the 

Young’s modulus, E, along different orientations of 

CF/VE layups under strain control at rate of 300 

µε/min and for a maximum tensile strain of 750 µε, 

which is well within the linear elastic axial strain 

limit prior to inelastic strains. Failure strength test 

was also performed using the same equipment and 

procedure. Strains were recorded by an 

extensometer. Tabs were mounted at the ends of the 

specimens using West System 105/205 epoxy and 

epoxy hardener, in order to direct failure away from 

the stress concentrations at the gripped portions. 

Prior to the tensile tests, all the specimens were 

completely dried at ambient temperature in 

desiccators.  

 

 

Fig. 2 Carbon fiber/vinyl ester (CF/VE) sample with final 

dimension of 200 mm by 25 mm consists of 12k Toray’s 

T700 carbon fiber tow and vinyl ester resin.  

3.3 Fatigue test 

The tension-tension cyclic fatigue behavior of the 

composites were obtained in general accordance 

with test procedures described in ASTM D 3479/D 

3479M standards [11]. The cyclic load was applied 

in a servo-hydraulic test machine at frequency of 1 

Hz with an R-ratio  
    

    
   of 0.2 with     = 

2/3σfailure MPa. All matrix-dominated specimens 

were subjected to in-plane tensile cyclic loading at 

axial stress corresponding to 2/3 of ultimate 

strength. Two to six replicate samples were tested in 

each of the four following conditions 1) dry samples 

tested in air, 2) saturated samples tested in air, 3) dry 

samples tested while immersed in sea water, 4) 

saturated samples tested while immersed in sea 

water, 5) dry samples tested while only one side 

(surface) was exposed to sea water, and 6) saturated 

samples tested while one surface was exposed sea 

water to simulate material used for the outside ship 

structure in contact with water.  
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3  

Fig. 3 shows the dimensions of the specimen as well 

as the water-filled latex membrane attached to the 

central region of the sample while subjected to 

tension-tension fatigue load cycles using a servo-

hydraulic testing system.  

 

Fig. 3 Carbon fiber vinyl/ester composite specimen 

(CF/VE) with an attached latex membrane system that 

maintains given water exposure condition during fatigue 

loading cycles. 

To simulate the immersed condition in sea 

environment, the cyclic loading was applied with 

water surrounding the sample undergoing cyclic 

loading using a thin impermeable latex membrane. 

Under tension-tension cyclic fatigue test, orientation 

dependence of CF/VE samples exhibit disparate 

failure mechanisms depending on access to sea 

water while they are subjected to cyclic stress. 

 

In this study secant and tangent modulus, S
E and 

T
E as a function of loading cycle (Fig. 4) are used to 

track degradation due to sea water confinement for a 

given lay-up orientation.  

 

Fig. 4. Secant and Tangent Modulus used in this study 

and  total total
S T

total n

EE
 

 
   (1) 

 

4 Results and discussions 

The Young’s modulus E and failure stress of layups 

at different orientations, [0/90]2S, [15/75]2S, 

[30/60]2S, and [±45]2S, were evaluated for varying 

loading cycles during tension-tension fatigue tests. 

The average elastic moduli and ultimate strength at 

different orientations at dry and wet state are shown 

in Table 1. The stress at failure as a function of 

orientation was then used as the basis in determining 

tension-tension fatigue loads as shown in Table 2.  
 

CF/VE facing 

orientation 

Moduli (GPa) Stress at failure 

(MPa) 

 Dry Wet Dry Wet 

[0/90]2S 49.7 48.9 975  

[15/75]2S 36.1 36.5 235.3 237.5 

[30/60]2S 22.6 21.1 154.9 150.8 

[±45]2S 17.3 16.2 132.3 125.2 

Table 1: Summary of moduli and failure stresses at 

different orientations 

Sample 

orientation σmax (MPa) σmean (MPa) 

[0/90]2S 800 480 

[15/75]2S 156 94 

[30/60]2S 100 60 

[±45]2S  76 46 

Table 2: Stress levels for cyclic loading of [0/90]2S, 

[15/75]2S, [30/60]2S, and [±45]2S specimens 

In our past study [12, 13],  a comparative study on 

the effects of sea water on failure stress was 

evaluated using at least three dry and wet facing 

specimens obtained from the same region in a panel.  

Fig. 5 shows that σfailure of [±45]2S layup decreases 
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by 5% due to sea water effect and [30/60]2S facing 

resulted in a 2.5% reduction due to sea water effect. 

However, no difference due to sea water was found 

on the failure state of stress for [15/75]2S facing 

orientation, consistent with expectation that matrix 

dominated properties are mostly impacted by sea 

environment degradation. As a result, only resin-

dominated sample observations are presented for 

this tension-tension cyclic fatigue behavior. 

 

Fig. 5 Reduction in tensile failure stress due to sea water 

exposure at different orientations. 

Experimental results for resin-dominated facings 

yielded failures under much lower number of cycles 

when fatigued under immersed conditions 

surrounded by sea water than in air. Once fluid has 

penetrated the test samples by capillary action 

through micro-cracks, matrix-fiber bundle interface, 

or inter-layers, its inability to evacuate the ingress 

water sample during the down loading portion of the 

fatigue cycle and the near incompressibility of 

impregnated water results in large internal pressure 

leading to premature failure with rapid accumulation 

of damage for matrix dominated samples. It was 

observed that sea water confinement during fatigue 

loading did not significantly reduce fatigue life for 

samples oriented such that the mechanical behavior 

was fiber bundle dominated as seen in Fig. 6. 

However, it is noted that the sea water confinement 

significantly reduced fatigue life on resin dominated 

samples, for example [±45]2S, at the same stress 

level of 2/3σfailure. As can be inferred from Fig. 6, the 

degradation of the tangent modulus with 

accumulated cycles can be clearly seen in the resin 

load-bearing sample but not in the fiber dominated 

sample.  

 

Fig. 6. Comparison of the tangent modulus vs. the percent 

of fatigue life for fiber dominated [0/90]2S and matrix 

dominated [±45]2S samples in air and confined conditions. 

 

The fatigue life of composites corresponds to the 

number of load cycles to failure. The tension-tension 

fatigue data for different conditions was normalized 

for comparison purpose using percentage of fatigue 

life, which is the ratio of “number of load cycles” to 

“total number of load cycles to failure” as seen in 

Figs Fig. 7 and Fig. 8.  

 

Fig. 7 shows the comparison from a dry matrix-

dominated sample in air, wet immersed and one 

sided wet immersed sample. It was noted the true 

strain data prior to failure was much lower in wet 

immersed cases compared to dry sample in air. It 

also shows that wet one side water exposed sample 

shows corresponding and expected differences when 

compared with dry sample in air and wet sample 

completely immersed in sea water. Quantitatively, a 

50% degradation of tangent modulus corresponded 

to failure in fatigue for matrix-dominated samples 

[15/75]2S, [30/60]2S, and [±45]2S as shown in Fig. 8. 

It shows the data comparison for samples at different 

orientations without water confinement. 

 

As shown in Fig. 9 with water confinement effects, 

it shows that the number of cycles to failure reduced 

considerably when compared to dry condition in air. 

Note that the tensile strain data prior to failure also 

showed a similar degradation effect for all resin-

dominated composites due to sea water confinement. 
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Fig. 7.  Tangent modulus reduction vs Fatigue life of 

[±45]2S for different testing conditions 

 

Fig. 8. Tangent modulus degradation for dry [15/75]2S, 

[30/60]2S, and [±45]2S specimens tested in air. 

 

Fig. 9 Number of cycles to failure vs testing conditions 

for [15/75]2S, [30/60]2S, [±45]2S 

 

Relative percentage of degradation of matrix-

dominated CF/VE composites at various orientations 

compared to dry condition in air is shown in Table 2.  

   

Sample Condition 

Cyclic Fatigue 

Degradation of matrix-

dominated composites 

(%) 

Dry in air ref 

Dry immersed ~70 % 

Dry one side immersed ~40 % 

Table 3: Summary of experimental results 

 

Similarly experimental results for dry and wet 

[±45]2S laminates of CF/VE composites yielded 

failures under much fewer numbers of cycles, a drop 

of up to 80% in the number of cycles to failure, 

when fatigued under completely immersed 

conditions than in air. Also when fatigued with the 

conditions of water confinement such that only one 

side or face is exposed to water, they failed at far 

fewer loading cycles, approximately 50 % less of 

loading cycles compared to the samples with no 

water confinement (i.e., in air) as shown in Fig. 10. 

It shows the comparison between dry in air and 

confined or one sided water exposure while testing 

on [±45]2S samples. Further reductions of fatigue life 

were observed when CF/VE composites were 

exposure to the sea water.  
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Fig. 10 Fatigue life loss comparison of [±45]2S due to sea water exposure in marine environment 

It was observed that the damage evolution during 

cyclic fatigue in matrix dominated samples is from a 

combination of the coalesced matrix cracks parallel 

to the fiber and delaminations. Additionally, voids 

between matrix/fiber rapidly grow and lead to the 

early fatigue failure mode when confined in sea 

water. High resolution micro-tomography 

experiments were performed on failed samples ex-

situ to understand the modes failure and related 

differences for two conditions. Fig. 11 shows an 

example result which indicates that sample fatigued 

under sea water confinement failed from 

delaminations and the mechanism is that water 

enters resin cracks and quickly increases local 

stresses due to its incompressibility under cyclic 

loading leading to cascading effect on crack growth 

from outer layers resulting in large delaminations 

(Fig. 11). As seen in Fig. 12, the samples fatigued in 

air indicate that all four layers of carbon fiber 

participated effectively in load transfer prior to 

sudden failure.  

 

Fig. 11 X-ray tomography data showing causes of 

reduction in fatigue life due to water confinement. 
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Fig. 12 X-ray tomography data showing causes of fatigue 

failure without water confinement effect. 

5 Concluding remarks 

It was shown in this work that the fatigue life of 

matrix-dominated polymeric composites shortened 

dramatically, up to 85%, when cyclic loading was 

applied under fully confined immersed conditions. A 

very significant loss of mechanical strength under 

cyclic loading due to sea water exposure was found 

while the stress cycles were applied. The results 

obtained for water confined samples with exposed 

edges, simulates the worst case exposure conditions 

for marine structures. Only one face of composite 

panel is actually exposed to sea water. However, as 

shown in this paper, even one sided exposure to sea 

water also leads to considerable reduction in the 

fatigue life, approximately 40% on matrix-

dominated composites, [15/75]2S, [30/60]2S, and 

[±45]2S. Therefore, water confinement or exposure, 

while cyclic or dynamic loading is applied, plays an 

important role on the cyclic fatigue behavior of 

CF/VE composites used in marine applications. It is 

confirmed from the micro-structure data using high 

resolution x-ray tomography that water availability 

during cyclic fatigue initiate ingress, followed by 

large internal fluids leading to observed reductions 

in fatigue life for matrix-dominated composite 

layups. Therefore, sea water degradation due to 

coupled effects with cyclic stress should be 

considered for naval structures.  
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Abstract   

The present work is concerned with the buckling and 

post-buckling behavior of structures under dynamic 

loading, such as step loading or impulsive loading. 

Objective of the work is the application of a reduced 

order approach for the post-buckling analysis of 

structures with stable post-buckling behavior, such 

as stiffened panels, under dynamic loading. A multi-

mode reduced order formulation is presented. 

Typical results for a single-mode reduced order post-

buckling analysis under dynamic loading are shown 

for a composite stiffened panel under step loading.  

   

1  Introduction 

Thin-walled structures are prone to buckling 

instabilities under static and dynamic compressive 

loading. The present work is concerned with the 

buckling and post-buckling behavior of structures 

under dynamic loading, such as step loading or 

impulsive loading. Here one can distinguish between 

the behavior of imperfection-sensitive structures and 

the behavior of structures with stable (static) post-

buckling behavior. The possibility to carry out a 

nonlinear transient analysis for thin-walled 

structures is standardly available within Finite 

Element (FE) codes. However, FE based transient 

analysis is computationally expensive and not 

suitable for the repeated runs necessary for a design 

and optimization process, and often it is difficult to 

interpret the result and to judge its correctness. 

Reduced order models (reduction methods) for 

general transient analysis of structures have 

therefore received considerable attention in recent 

years [1-4]. In recent work [5], a reduced order 

approach for dynamic stability analysis of general 

structures within an FE framework has been 

presented, in particular with an eye on imperfection-

sensitive structures. The reduction method proposed 

makes use of a perturbation approach for nonlinear 

static buckling analysis (Koiter’s approach) and its 

extension to dynamic buckling analysis using 

Budiansky’s approach [6]. The method has been 

applied by the present authors in their earlier work to 

dynamic buckling of composite cylindrical shells 

under step loading. Single-mode dynamic buckling 

analysis was carried out for unstiffened and ring-

stiffened composite cylindrical shells. It has been 

shown that in these specific cases the approach gives 

reasonable estimates of the dynamic buckling load 

under step loading [5]. 

Objective of the present work is the application of 

the reduced order approach developed earlier in [5], 

in the buckling and post-buckling analysis of 

structures with stable post-buckling behavior, such 

as stiffened panels, under dynamic loading. The 

extension of the approach from [5] to a multi-mode 

formulation is presented. Typical results for a single-

mode reduced order post-buckling analysis under 

dynamic loading are shown for a composite stiffened 

panel under step loading. 

 

2  Perturbation Method 

In the present work the earlier implementation of a 

perturbation approach for static and dynamic 

buckling analysis presented by Rahman and Jansen 

[7] and Rahman et al. [1] will be briefly 

recapitulated. The extension to account for inertial 

forces in order to be able to analyse dynamic 

buckling problems was done along the lines 

proposed by Budiansky [6]. For clarity and 

conciseness, the approach will be presented for a 

linear pre-buckling state, and the modifications 

necessary in order to include a nonlinear pre-

buckling state will be inserted in the final equations.  

Using a functional notation, and introducing the 

generalized displacement u, strain ε, load f, and 

stress σ, it is assumed that the nonlinear strain-
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displacement relation and the linear elastic 

constitutive relation of a structure can be written as  

ε=L
1

(u)+ 
1

2
L

2
(u) (1) 

σ=H(ε) (2) 

where L
1

 and H are linear functionals and L
2

 is a 

quadratic functional. The equilibrium equation in 

variational form is written as  

σ⋅δε−f⋅δu=0 (3) 

Here σ⋅δε and f⋅δu denote, respectively, the internal 

virtual work of the stress σ through the strain 

variation δε, and the external virtual work of the 

load f through the displacement variation δu, both 

integrated over the entire structure. Further, if the 

bilinear functional L
11

 is defined such that  

L
2
(u+v)=L

2
(u)+2L

11
(u,v)+L

2
(v) (4) 

then it follows from (1) that the first order strain 

variation δε produced by δu can be written as  

δε=L
1
(δu)+L

11
(u,δu) (5) 

It will also be assumed that the reciprocity relation  

σ
i
⋅ε

j
=σ

j
⋅ε

i
      (i,j=1,2…) (6) 

holds. 

In this study proportional loading will be 

considered, i.e. f=λf
0

, where λ is a normalized load 

parameter. Now the variables (u, ε, σ) of the post-

buckling equilibrium state can be expanded in the 

following perturbation series,  

u=λu
0

+u
1
ξ+u

2
ξ
2

+u
3

ξ
3
+… (7) 

ε=λε
0

+ε
1
ξ+ε

2
ξ
2

+ε
3

ξ
3

+… (8) 

σ=λσ
0

+σ
1

ξ+σ
2
ξ
2

+σ
3
ξ
3

+… (9) 

where ξ is a normalized mode amplitude. The 

perturbation expansions in Equation (7) are assumed 

to be asymptotically valid in the neighborhood of the 

pre-buckling equilibrium state corresponding to a 

bifurcation buckling load λ=λ
c
. In the following it 

will be assumed that this buckling load corresponds 

to the lowest buckling load. Substituting Equations 

(7) into Equations (1), (2) and (3), taking the limit 

ξ→0 , and with some further manipulations one 

obtains the equations for the (lowest) buckling load 

λ
c
 and the corresponding buckling mode u

1
,  

ε
1

=L
1
(u

1
) (10) 

σ
1
=H(ε

1
) (11) 

σ
1
⋅L

11
(δu)+λ

c
σ

0
⋅L

11
(u

1
,δu)=0 (12) 

Assuming that the pre-buckling solution is linear the 

following relation holds,  

L
11

(u
0
,δu)=0 (13) 

In addition, it will be assumed that (λ−λ
c
) admits the 

asymptotic perturbation expansion  

λ−λ
c
=aλ

c
ξ+bλ

c
ξ
2

+… (14) 

If a plot of load parameter λ versus the mode 

amplitude ξ is made, then in view of Equation (14) 

the a and b coefficients indicate the slope and 

curvature of the post-buckling curve, respectively. If   

a "symmetric" structure is considered, the post-

buckling slope is equal to zero, a=0, and in that case,  

the post-buckling coefficient b indicates whether the 

structure is imperfection-sensitive  (b<0)  or not.   

Inserting Equation (14) together with Equation (7) 

into Equations (1), (2), and (3), and equating the 

coefficients of ξ
2

, for the case that a=0 ("symmetric" 

structures), one obtains the equations for the 

determination of the second order mode u
2
,  

ε
2

=L
1
(u

2
)+ 

1

2
L

2
(u

1
) (15) 

σ
2
=H(ε

2
) (16) 

σ
2
⋅L

11
(δu)+λ

c
σ

0
⋅L

11
(u

2
,δu)+σ

1
⋅L

11
(u

1
,δu)=0 

 (17) 

For the second order mode u
2

, the following 

orthogonality condition is imposed,  

σ
0
⋅L

11
(u

1
,u

2
)=0 (18) 
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In order to obtain the expression for the b coefficient 

we set δu=u
1
 in Equations (12) and (17) and make 

use of the reciprocity relation (6). This gives  

b= 

2σ
1
⋅L

11
(u

1
,u

2
)+σ

2
⋅L

2
(u

1
)

σ
1
⋅ε

1
 (19) 

Next, the behavior of the imperfect structure will be 

related to the properties of the perfect structure. If 

the initial geometric imperfection is denoted by  

ξ
*

u
1

, where ξ
*

 is the normalized imperfection 

amplitude and u
1

 is a geometric imperfection pattern 

in the shape of the first buckling mode, then the 

strain-displacement equation, Equation (1), can be 

modified to  

ε=L
1

(u)+ 
1

2
L

2
(u)+ξ

*
L

11
(u

1
,u) (20) 

Further, the asymptotic expansion as defined by 

Equation (14) is modified to  

ξ(λ−λ
c
)=aλ

c
ξ
2

+bλ
c
ξ
3

−λξ
*
+… (21) 

Including the effect of imperfections, Equation (14) 

is modified and can be written as  







1− 

λ

λ
c

ξ+aξ
2

+bξ
3

= 






 

λ

λ
c

ξ
*

 (22) 

Equation (22) can be seen as the reduced order 

model for the nonlinear static analysis. 

3  Extension To Problems on Buckling under 

Dynamic Loading  

In order to analyse problems on buckling under 

dynamic loading, such as dynamic buckling under 

step loading or parametric excitation under pulsating 

loading, inertial effects have to be taken into 

account. In this section, the extension of the 

perturbation approach for buckling under dynamic 

loading will be discussed. The procedure will be 

formulated within a multi-mode framework. Due to 

inertial forces the variational equation in Eq. (3) 

takes the form 

σ⋅δε−f⋅δu+M(ü)⋅δu=0 (23) 

where dots represent differentiation with respect to 

time and M(ü), which is linear in ü, represents the 

inertial loading. Here also the reciprocal relation as 

indicated in  Eq. (6)  

M(u)⋅v=M(v)⋅u (24) 

holds. The dynamic loading is assumed to take the 

form f=λF(t)f
0

, where the time variation F(t) is 

normalized so that its maximum value is unity.  The 

dynamic displacements, strains, and stresses can be 

written as   

u=λF(t)u
0
+u

i
ξ
i
(t)+u

ij
ξ
i
(t)ξ

j
(t)+… (25) 

ε=λF(t)ε
0
+ε

i
ξ
i
(t)+ε

ij
ξ
i
(t)ξ

j
(t)+… (26) 

σ=λF(t)σ
0
+σ

i
ξ
i
(t)+σ

ij
ξ
i
(t)ξ

j
(t)+… (27) 

By repeating the same procedure as for the static 

case and neglecting the inertial forces associated 

with the pre-buckling displacements one obtains  

( 
1

ω
2

I

)ξ
I
''(t)+[1− 

λF(t)

λ
I

]ξ
I
(t)+a

Ijk
ξ

j
(t)ξ

k
(t) 

+b
Ijkl

ξ
j
(t)ξ

k
(t)ξ

l
(t)=[ 

λF(t)

λ
I

]ξ
*

I  (28) 

where ()' denotes differentiation with respect to time 

and where ω
2

I
 is defined as  

ω
2

I = 
σ

I
⋅ε

I

M(u
I
)⋅u

I

 (29) 

If u
I
 happens to be a natural vibration mode then ω

I
 

is its natural circular frequency otherwise ω
2

I
 has an 

interpretation as a Rayleigh quotient for circular 

frequency squared based on the buckling mode u
I
. 

In the present implementation Eq. (28) is solved 

with a standard Runge-Kutta scheme of the 4
th

 

order. 

In order to account for pre-buckling nonlinearity 

Eq. (29) is written as  

ω
2

I
= 

−λ
I
Δ

I

M(u
I
)⋅u

I
 (30) 

It can be noticed that the quantity σ
I
⋅ε

I
 in Eq. (29) is 

replaced by −λ
c
Δ

I
 in Eq. (30), with  
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Δ
I
=2σ

I
⋅L

11
(( 

∂u

∂λ
)
c
,u

I
)+( 

∂σ

∂λ
)
c
⋅L

2
(u

I
) 

(31) 

where ()
c
, the quantities with subscript c, are pre-

buckling quantities evaluated at the lowest 

bifurcation buckling load.  

Finally, Eq. (28) is modified to  

( 
1

ω
2

I

)ξ
I
''(t)+[1− 

λF(t)

λ
I

]ξ
I
(t)+a

Ijk
ξ

j
(t)ξ

k
(t) 

 +b
Ijkl

ξ
j
(t)ξ

k
(t)ξ

l
(t)=α

I
ξ

*

I −β
I
[1− 

λF(t)

λ
I

]ξ
*

I

 (32) 

where α
I
 and β

I
 are the so-called imperfection form 

factors [7]. In the case of a linear pre-buckling state 

both α
I

 and β
I

 are unity and Eq. (32) becomes 

identical to Eq. (28). Further, in the case of a 

nonlinear pre-buckling state the buckling analysis is 

carried out at a state close to the bifurcation buckling 

load, in contrast to the undeformed state considered 

in the case of a buckling analysis with a linear pre-

buckling state.  

 

On the basis of the previous discussion, the 

reduction method for buckling analysis under 

dynamic loading (such as dynamic buckling under 

step loading and parametric excitation under 

pulsating loading) proposed in the present work is 

described by the following step-by-step procedure, 

described here for the one-mode case: 

• Establish the reduced order model for static 

buckling analysis, Equation (22):  

1. Computation of the pre-buckling state u
0
. 

2. Computation of the buckling load λ
c
 and 

the corresponding buckling mode u
1
. 

3. Computation of the second order mode  

u
2

. 

4. Computation of the a and  b coefficient. 

• Establish the reduced order model for 

dynamic stability analysis, Equation (32), for 

a specific load case (such as a step load or a 

pulsating load).  

• Carry out the reduced analysis:  

1. Computation of the normalized mode 

amplitude ξ(t) as function of time by 

solving Equation (28) by numerical 

time integration, for specified load 

amplitudes, increasing the amplitude of 

the applied load with small increments.  

2. Recovering the displacement, stress, 

and strain by substituting the given 

loads and calculated amplitudes in 

Equation (25).  

3. In the case of a dynamic buckling 

analysis: Identification of the dynamic 

buckling load level λ=λ
d

, the level at 

which the maximum of ξ(t) shows a 

sharp rise.  

 

4  Finite Element Implementation 

The finite element implementation of the 

perturbation approach discussed in the previous 

section has been done in the development 

environment of the general purpose finite element 

code DIANA using a layered, eight-node 

quadrilateral iso-parametric curved shell element, 

the CQ40L element. A description of this element is 

available in the DIANA manual. In order to use this 

element in the perturbation approach described, a 

modification of the element formulation is not 

required. However, it is necessary to construct B
NL

, 

the non-linear part of the strain-displacement matrix. 

In finite element notation the strain-displacement 

relation is given as  

ε=B
L

q+ 
1

2
B

NL
(q)q (38) 

where B
L

 and B
NL

, defined at each integration 

point, correspond to the L
1

 functional and L
2
 

functional in Equation (1), and q is the vector of 

nodal displacements at each element corresponding 

to the displacement field u from the functional 

notation. In a similar way L
11

(u,v) is translated to 

finite element notation as B
NL

(q
1

)q
2

, where the 

nodal displacement vectors q
1

 and q
2
 correspond to 

the displacement fields u and v in the functional 
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notation, respectively. In the following, we will 

discuss the finite element implementation briefly. 

Details of the implementation are available in earlier 

work of the present authors [7]. 

The static pre-bucking state q
0
 is obtained from a 

linear static analysis,  

K
0
q

0
=f

0
 (39) 

where K
0

 is the global stiffness matrix at the 

undeformed state of the structure. 

The buckling problem, in functional notation 

given by Equations (10), (11), and (12), corresponds 

to the following eigenvalue problem,  

[K
0
+λ

c
K

G
]q

1
=0 (40) 

where K
G

 is the geometric stiffness matrix. Solution 

of Equation (40) gives the lowest bifurcation 

buckling load λ
c

 and the corresponding buckling 

mode q
1
. 

The translation to finite element notation of the 

second order state problem, in functional notation 

represented by Equations (15), (16), and (17) gives  

[K
0
+φλ

c
K

G
)]q

2
=g (41) 

while the orthogonality constraint given by Equation 

(18) translates to  

q
T

1
K

G
q

2
=0 (42) 

In Equation (41) the right-hand side force vector g is 

given by  

 g=− 
1

2
 



B

T

L
HB

NL
(q

1
)q

1
+2B

T

NL
(q

1
)HB

L
q

1

 (43) 

and φ is a factor such that φ≈1, but φ<1. Usually 

φ=0.99 is applied, if φ=1 then Equation (41) 

becomes singular and cannot be solved. When pre-

buckling nonlinearity is considered [7], 

Equations (41) and (42) include additional terms. 

The b coefficient is obtained from Equation (19) 

by computing the post-buckling stresses and strains 

at each integration point, and summing them up over 

all the elements in the structure.  

5  Results and Discussion 

In this section, results of the reduction method are 

presented for a thin-walled structure under dynamic 

compressive loading. Results of the reduced order 

model for post-buckling analysis of a stiffened 

composite panel under axial step loading, based on a 

static buckling mode obtained using a nonlinear pre-

buckling state analysis, are shown. The response of 

the structure in the reduced model is computed by 

numerically solving the reduced Equation (28) by a 

standard initial value solver. The buckling mode 

obtained from the bifurcation buckling analysis is 

normalized such that the maximum out-of-plane 

displacement is equal to the panel skin thickness. 

A stiffened curved CFRP panel is considered.  The 

skin of the panel has a cylindrical shape, which is 

1/6 th of a full circular cylinder, i.e. creates an angle 

of 60
∘
 at the cylinder axis. The skin is stiffened by 6 

equally spaced stringers. In the static analysis, this 

panel is axially compressed until collapse. This 

industrial benchmark was thoroughly studied earlier 

within a GARTEUR-SM (Group for Aeronautical 

Research and Technology in Europe - Structures and 

Materials) project using several finite element codes 

[8]. The modeling of the panel has been done in a 

similar way as was done by Samtech using 

SAMCEF (Fig. 1). The material and geometric 

properties of the panel are given in Tables 1 and 2. 

In the static reduced order analysis, pre-buckling 

nonlinearity is considered. Results have been 

compared with full model nonlinear static analysis. 

The results of the static analysis (Fig. 2) form the 

basis of the dynamic analysis of the panel.   

 

 

  E
11

 [GPa] 141 

 E
22

 [GPa] 11 

 G
12

 [GPa] 6.29 

 G
13

 [GPa] 6.29 

 G
23

 [GPa] 4.29 

 ν
12

 0.3 

 ϱ [kg/mm
3

] 1.6×10
−6

 

Table 1: Material properties of each ply of the 

curved CFRP panel.  
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 Panel length l=800 mm 

 Free length (buckling 

length) 

l
f
=620 mm 

 Radius (originally) r=400 mm 

 Number of stringers n=6 

 Distance stringer to stringer d=a/6 

 Distance stringer to 

longitudinal edge 

e=d/2 

 Laminate set-up of skin [90,+45,−45,0]
S
 

 Laminate set-up of stringers Blade:[(+45,−45)
3

,0
6
]
S
 

 Foot: see [8] 

 Ply thickness t=0.125 mm 

 Stringer height h=14 mm 

 Stringer width f=37.9 mm 

Table 2: Geometric properties of the curved CFRP 

panel. 

In the dynamic analysis, the case of post-buckling 

under axial step loading has been investigated. The 

dynamic response under step loading, F(t)=u
H

(t) ,  

where uH is the unit step function, of the imperfect 

structure has been evaluated using the reduced order 

model described by Equation (28).  In the present 

work, a single mode study has been performed. The 

imperfection used in the analysis has the shape of 

the first buckling mode.   

Characteristic analysis results will be presented.  

Fig. 3 shows the time history of the modal response 

calculated with the reduced order model for a 

moderate dynamic step load level of 20% of the 

static bifurcation buckling load, =0.2C. The 

response is shown for two imperfection amplitudes, 

of 1% and 10% of the skin thickness, respectively.  

Implicit dynamic finite element calculations have 

been carried out with ABAQUS. In Fig. 4 the results 

of the full model finite analysis under axial step 

loading is depicted.  For the full model analysis, the 

out of plane displacement of a typical node of the 

skin, in the middle of a bay between two stringers 

where in the static analysis a buckle occurs, is 

plotted as a function of time. For this node, it can be 

seen that there is, also for a small imperfection of 

1% of the skin thickness, a measurable contribution 

in the out-of-plane dynamic response. It should be 

noted that in the reduced order model analysis the 

dynamic fundamental state response and the modal 

response are separately treated. In the finite element 

calculations a slight amount of damping was 

included, reducing the amplitude level of the 

response to a certain extent.  

Although in the initial phase of the response the 

frequency characteristic of the reduced order model 

shows some resemblance to the frequency 

characteristic of the full model, the complexity of 

the behavior caused by the dynamic fundamental 

state response and by the participation of several 

modes and their interaction, the main characteristics 

of the response are not captured by the one-mode 

reduced order model. The contribution of several 

modes and the interactions between these modes has 

a significant effect on the response. In this case, the 

use of the multi-mode capability of the reduced 

order model is required in order to improve the 

response predictions of the reduced order model.   

6  Concluding remarks 

A perturbation approach has been used as the basis 

of a reduction method for the finite element buckling 

and post-buckling analysis of general thin-walled 

structures under dynamic loading. The formulation 

of a multi-mode reduced order model was presented. 

The implementation has been done within a general 

purpose finite element code.  

In principle, a main advantage of the reduced 

order approach presented lies in the possibility of 

obtaining a quick evaluation of the structural 

response characteristics. Instead of carrying out a 

transient analysis with a (large) Finite Element 

model, one solves a set of ordinary differential 

equations through numerical time integration. 

Typical results for a single-mode buckling analysis 

under dynamic loading were shown for the 

complicated case of a composite stiffened panel 

under dynamic loading. The use of the multi-mode 

capability of the reduced order model is required in 

order improve the response predictions of the model 

in situations, where several modes and their 

interactions play an important role. Earlier 

investigations on the post-buckling behavior of 

structures [9] have shown that the complicated 

behavior of large stiffened panels can in the static 

case be satisfactorily described by a multi-mode 

reduced order approach.  
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Fig.1. Finite Element discretization of stiffened 

CFRP panel.  

 

 

 

 
 

Fig. 2. Reduced order modeling for post-buckling 

analysis: Post-buckling deformation patterns 

corresponding to reduced order model analysis and 

full model Finite Element analysis of CFRP panel.  
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Fig.3. One-mode reduced order model response of CFRP panel: Modal response at dynamic step load level 

=0.2C, with imperfections in the shape of the first buckling mode, 0.01% and 0.1% of the skin thickness. 

 

 

Fig.4. Full Finite Element model response of CFRP panel: Typical nodal point response at dynamic step load 

level =0.2C, with imperfections in the shape of the first buckling mode, 0.01% and 0.1% of the skin thickness.
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1. Introduction  

Impact generated stress waves induce large strain 

components and produce significant damage from 

failure.  This occurs in compression and when the 

stress waves reflect from free surfaces and produce 

tension.  The subject discussed herein is progress 

toward the development of an active multifunctional 

multilayered composite material system capable of 

modifying its properties in response to impact in a 

manner that mitigates damage.  The approach is to 

harvest a fraction of the impact generated 

mechanical energy as electrical energy, transport this 

electrical energy ahead of the shock front, and use 

this electrical energy to modify an active material 

system ahead of the shock prior to shock arrival in a 

manner that will disperse the shock front, steer the 

shock away from sensitive areas, or actively 

manipulate the failure mechanism. 

The successful implementation of this strategy will 

require generation of  a large electrical pulse from 

the initial impact using an active material for shock 

energy harvesting (the primary material), and 

inducing a change in the material ahead of the shock 

with an active material or material system 

responsive to an electrical pulse (the secondary 

material).  The primary and secondary active 

materials currently being explored are compositions 

of lead zirconate titanate (x)PbZrO3(1-x)PbTiO3 

(PZT), but with markedly different properties.  The 

composition is being varied and dopants are being 

added to enhance the desired properties for each 

function. Ideally, the primary active material can be 

shock depolarized to produce pulsed power 

independent of the shock propagation direction.  

This has led to consideration of using the pressure 

phase transformation from ferroelectric to 

antiferroelectric in the primary active material.  

Several approaches are under consideration for the 

secondary active material.  These include modified 

compositions of PZT that can be driven through a 

phase transformation by an electric field, or other 

compositions that can be transformed from a 

homogeneous structure to a periodic structure.  

These responses must occur in the microsecond time 

frame to be effective. 

In the sections that follow the PZT phase diagram is 

briefly discussed together with the ability of stress 

and electric field to shift the phase boundaries, the 

energetics of domain wall motion and phase 

boundary motion are addressed, the experimentally 

determined hydrostatic response of 95-5 PZT is 

presented, experimental results of impact in a split 

Hopkinson bar are presented, experimental results 

for potential secondary active materials that undergo 

an electric field driven antiferroelectric to 

ferroelectric phase transformation are presented, and 

a potential material system capable of shifting from 

a homogeneous to a periodic structure is discussed. 

Key results include measurements of material 

behavior under combined hydrostatic pressure to 1 

GPa and electric field loading to 5 MV/m.  This is 

followed by dynamic loading split Hopkinson bar 

results that indicate that although 95-5 PZT will 

undergo a phase transformation under hydrostatic 

load, it is difficult to drive this transformation with a 

uniaxial stress due to failure under uniaxial 

compression.  This result led to exploring different 

compositions of PZT with the goal of reducing the 

threshold for the ferroelectric to antiferroelectric 

phase transformation.    

2. General Description of PZT  

PZT is a solid solution of lead zirconate (PZ) and 

lead titanate (PT).  The composition - temperature 

phase diagram of PZT is shown in Figure 1 [1].  

Above the Curie temperature (TC) all compositions 
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display a paraelectric cubic phase (PC).  At the left 

side of the phase diagram, PZ is orthorhombic 

antiferroelectric (AO) and displays low temperature 

and high temperature antiferroelectric structures.  At 

the right side of the phase diagram, PT is 

ferroelectric with a tetragonal structure (FT) and a 

c/a ratio around 1.06.   

As the fraction of PT is increased past 5%, the 

structure changes from AO to ferroelectric 

rhombohedral (FR), and as it passes 48% PT the 

structure changes from FR to FT. 

   

Figure 1.  The composition vs. temperature phase 

diagram of PZT with MPB compositions marked by 

vertical dashed lines.  

The transitions from AO to FR and from FR to FT are 

marked with dashed vertical lines in Figure 1. These 

are morphotropic phase boundaries (MPBs). 

Compositions near the 95-5 MPB are of particular 

interest because stress or electric field can cause this 

boundary to shift.  This results in stress and electric 

field induced phase transformations.  Compositions 

near the 52/48 MPB are also of interest because two 

phases can coexist near this boundary.  This results 

in enhanced electro-mechanical coupling. 

 

2.1  The Energetics of Stress and Electric Field 

Driven Phase Transformations 

Compositions of PZT under consideration as the 

primary active material include a 52-48 PZT 

composition that is near the FR-FT morphotropic 

phase boundary (MPB), and a Nb doped 95-5 PZT 

near the AO-FR MPB.  The mechanism for 

depolarization of 52-48 PZT is primarily ferroelastic 

domain wall motion.  This is a constant volume 

process and thus the driving force for domain wall 

motion comes from the deviatoric component of the 

stress tensor.  The mechanisms for depolarization of 

95-5 PZT are domain wall motion within the FR 

phase, and a phase transformation from the FR to AO 

phase.  The phase transformation involves a volume 

reduction or around 1%.  The driving force for the 

phase transformation thus comes from the 

hydrostatic component of the stress tensor.  

Depolarization by domain wall motion and by FR-AO 

phase transformation are illustrated in Figure 2.   

 

Figure 2. Deformation is associated deviatoric stress 

driven domain wall motion  in a variant to variant 

transformation,  and with hydrostatic stress driven phase 

boundary motion in a FR-AO phase transformation. 

A positive mechanical driving force for domain wall 

motion and phase boundary motion is present when 

an increment of work done by external tractions on 

the material surface is positive during the 

transformation.  A positive work increment is 

expressed by Equation 1, 

 0i it u d


      (1) 

where it  are the traction components on the surface 

and iu are the displacement increments. 

Converting from a surface to volume integral leads 

to Equation (2), 

 0ij ij

V

dV      (2) 

where ij and ij are the stress and the strain 

increment. 

The stress and the strain increment are separated into 

hydrostatic and deviatoric components.  In the case 

of domain wall motion, each variant has the same 

volume but with different strain orientation.  The 

s s
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condition for a positive mechanical driving force for 

domain wall motion becomes Equation (3), 

 0d d

ij ij       (3) 

where the superscript "d" indicates only the 

deviatoric stress does work on the deviatoric strain 

change associated with domain wall motion.  The 

condition for a positive mechanical driving force for 

the FR-AO phase transformation becomes Equation 

(4). 

 0kk mm        (4) 

where there is a summation implied on the repeated 

indices. . 

There is also an electrical contribution to the driving 

force for domain wall motion and for the FR-AO 

phase transformation.  In this case the external work 

done on the body is positive if the incremental 

change of surface charge density in the presence of 

an electric potential results in positive work (recall 

the potential, i.e. voltage, is the work per unit charge 

as the charge moves through the potential).  The 

condition for positive electrical work is stated as 

Equation (5). 

 0d


      (5) 

where  is the potential and   is the rate of 

change of surface charge density.  This surface 

integral is converted to a volume integral and the 

integrand taken to be positive for a positive driving 

force, Equation (6) 

 0m mE D      (6) 

where mE  are the electric field components and 

mD  are the electric displacement increments.  

The condition for a positive work rate during either 

domain wall motion or a phase transformation is that 

the sum of the mechanical and electrical work must 

be positive.  This is expressed as  Equation (7) 

 0ij ij m mE D       (7) 

The condition of Equation (7) is used to determine 

whether the driving force is positive when both 

stress and electric field are present.  The terms in 

Equation (7) can readily be separated into 

hydrostatic and deviatoric components to determine 

the driving force for each depolarization mechanism.  

For the transformation to take place, the positive 

driving force must be sufficiently large to overcome 

an energy barrier to the transformation.   

Depolarization by either domain wall motion or by 

phase transformation can be used to harvest energy.  

Consider the case where the primary material is 

open circuited.  This holds the electric displacement 

increment to zero.  Application of a positive 

mechanical driving force for the transformation 

results in a back electric field that produces a 

negative electrical driving force for the 

transformation.  This can produce very large electric 

field levels that can then be harvested as electrical 

energy.   

2.2 The FR-AO Pressure Driven Transformation 

in 95-5 PZT 

The AO phase occupies approximately 1% less 

volume than the FR phase.  Hydrostatic pressure 

therefore provides a positive driving force for the FR 

to AO phase transformation.  Compositions just on 

the FR side of the 95-5 MPB are used to obtain this 

phase transformation.  The FR phase is stabilized by 

the addition of small amounts of Nb as described by 

Berlincourt [2].  Increasing the hydrostatic pressure 

shifts the 95-5 phase boundary.  Figure 3 shows the 

pressure - temperature phase diagram of 95-5 PZT 

doped with 2% Nb [3].  

 

Figure 3.  The pressure - temperature phase diagram of 

95-5 PZT doped with 2% Nb.  The dashed lines represent 

the reverse transformation. 
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95-5 PZT was fabricated through a solid oxide route, 

cut to desired shapes, electroded, and poled in the 

ferroelectric phase by the application of an electric 

field in excess of the coercive field.  Specimens 

were then placed in a hydrostatic pressure chamber 

and stress depoled.  The resulting electric 

displacement vs. electric field and strain vs. electric 

field data are shown in Figure 4.  The electric 

displacement was initially at the remnant 

polarization value of 0.35 C/m
2
.  At a hydrostatic 

pressure of 350 MPa the material underwent a phase 

transformation to the non-polar AO phase.  The 

transformation strain took the material from the 

remnant strain state of the FR phase to the zero 

remnant strain state of the AO phase.   

 

 

Figure 4.  The electric displacement vs. hydrostatic 

pressure and the strain vs. hydrostatic pressure  behavior 

of 95-5 PZT as a function of hydrostatic pressure showing 

the phase transformation. 

The strain vs. pressure curve shows strain for the 

first pressure cycle and the second pressure cycle.  

In the first cycle the pressure vs. strain curve 

exhibited an elastic perfectly plastic like behavior.  

In the second cycle the material softened and then 

stiffened.  Other experimental results not shown here 

indicate that this may be due to the pressure depoled 

material being a mixture of FR and AO phases.  This 

is consistent with the depoled material having many 

residual nucleation sites for the phase 

transformation.   

The hydrostatic stress driven phase transformation in 

95-5 PZT can be used to harvest electrical energy 

from a shock wave.  A bulk compression wave 

carries a stress in the shock propagation direction 

given by Equation (8) 

 xx s pU U      (8) 

where   is the material density and Us and Up are 

the shock velocity and particle velocity respectively. 

In the elastic regime, stress perpendicular to this 

direction is given by Equation (9), 

 
1

yy zz xx


  


 


   (9) 

where   is Poisson's ratio.   

In the case of the FR-AO phase transformation the 

hydrostatic component of stress produces a positive 

driving force for the phase transformation and 

resulting depolarization regardless of the direction of 

compression wave propagation relative to the 

polarization direction.  This offers an advantage over 

the shock depolarization of 52-48 PZT where the 

domain wall motion is driven by the difference 

between the compressive stress component in the 

polarization direction and the stress components 

perpendicular to the polarization direction.  In either 

case the stress driven depolarization can be used to 

harvest energy from the shock.   

 

2.3 Preliminary Hopkinson Bar Results for 95-5 

and 52-48 PZT 

A Hopkinson bar was used to produce a uniaxial 

stress wave in specimens of 95-5 PZT and 52/48 

PZT.  The Hopkinson bar loading system consists of 

a specimen placed between two long rods.  A third 

rod is launched into the pair.  This results in a 

uniaxial stress wave traveling down the first rod, 

through the specimen, and into the second rod.  

Strain gages on each rod are used to determine the 

stress in each rod.  The strain-time and stress-time 

histories in each rod are used to back out the stress-

strain behavior of the specimen. 
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In these preliminary experiments, the difference 

between open circuit and short circuit response of 

the materials was sought.  The results of the open 

circuit tests was a large electrical pulse that obscured 

the strain gage data.  Shorting the electrodes was 

found to be insufficient to prevent this electrical 

pulse from obscuring the strain data, so an aluminum 

foil was folded over the specimens to create a 

Faraday cage around the specimen.  This resulted in 

the successful measurement of a stress-strain curve 

for the 52-48 and the 95-5 PZT under dynamic 

loading. 

The 52-48 open circuit stress-time curve rises 

rapidly for about 10 microseconds and then flattens 

out.  A time integration over this rise indicates a 

strain of about 4,500 microstrain.  This corresponds 

to the anticipated elastic strain obtained by 

multiplying the 450 MPa stress by the Young's 

modulus of 100 GPa.  The flatter portion of the 

strain rate vs. time curve cannot be entirely 

attributed to depolarization.  Only about 2000 

microstrain would be anticipated from domain wall 

motion.  It is more likely that the flatter portion of 

the strain-rate vs. time curve corresponds to crushing 

of porosity and other material damage.  The short 

circuit results utilized a lower amplitude stress pulse.  

The strain-rate in this case is almost double that of 

the open circuit specimen.  This is likely due to the 

added contribution of ferroelastic strain associated 

with domain wall motion.  This doubling of the 

strain-rate over the same time period, and the 

corresponding doubling of the strain indicates that 

the effective Young's modulus can be shifted by a 

factor of two by controlling the electrical boundary 

conditions. 

 
 Time (sec)    Time (sec) 

 

Figure 5. Dynamic stress-strain and stress-strain rate 

curves for open circuited and short circuited 52-48 PZT.  

Note the scale differences.  The time duration shown is 40 

microseconds. 

 

The results for the 95-5 PZT under dynamic loading 

were inconclusive.  The results displayed non-linear 

behavior, but the material did not appear to undergo 

a phase transformation.  It appears that the material 

was failing under uniaxial stress at a level below that 

required to drive the phase transformation. 

2.4 The AF-F Electrically Driven Transformation 

Modification of the material ahead of the shock in a 

manner that mitigates the incoming shock presents a 

significant challenge.  Different approaches using 

active materials are under consideration.  These 

include inducing periodic anisotropy into a layered 

composite ferroelectric structure through creating 

alternate open and short circuited layers, or driving 

an AF to F phase transformation in the secondary 

active material that produces a shock that will 

interact with the incoming shock.  The experimental 

work presented on the secondary active materials 

includes  a set of measurements on the materials that 

were examined and a description of the fabrication 

and testing of PZT compositions that can be 

electrically driven from the AO phase to the FR phase 

with a resulting volume increase.   

Compositional modifications under consideration 

include doping with La, Ba or adding Sn to control 

the AO-FR transformation  For the secondary active 

material to perform the desired function, it must 

change its properties within several microseconds of 

being subjected to an electrical pulse.  Several of the 

compositions under consideration undergo phase 

transformations from AO to FR in response to an 

electrical pulse. 

The results presented describe the effects of 

composition and dopants on the AO-FR electric field 

driven phase transformations.  Compositions on the 

AO side of the MPB were modified with the addition 

of small amounts of Sn, La, and Ba.  This affects the 

electric field threshold for the transformation and the 

strain change associated with the transformation.  

The antiferroelectric phase is not polar, thus an 

electric field provides a positive driving force for the 

AO to the FR phase change.   Figure 6 shows the 

effect of increasing Sn in 2% La - x PZ - y PT - (1-

x-y) Sn.  The addition of Sn shift the coercive field 

for the phase transformation. 
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Figure 6.  Double loop response of the AO to FR electric 

field driven phase transformation modified by the 

addition of  Sn and La . 

3. Structural modifications in the secondary 

material 

3.1 Induced Periodic Structures 

Wave propagation in periodic structures results in 

multiple reflections at interfaces due to shock 

impedance mismatch (jumps in the product of 

density with shock velocity).  The linear elastic 

modulus of ferroelectric materials changes 

significantly with electrical boundary conditions 

(open circuit vs. short circuit). The Hopkinson bar 

results indicate that this is observed under impact 

loading. This effect is enhanced by the non-linear 

behavior associated with phase transformation.   

The electrical boundary conditions can be changed 

in the microsecond time frame by blowing a small 

fuse or activating a small switch and are thus 

controllable in the time period between initial impact 

and shock transmission further into the structure. 

The concept is shown schematically in Figure 7 

where the material is initially homogeneous and can 

be rapidly changed to a periodic structure. 

 

Figure 7.  This sketch shows illustrates the concept of 

switching the microstructure from a homogeneous 

structure to a periodic structure using an electrical pulse. 

3.2 Electric Field Pulse Induced Stress Waves 

Another approach under consideration is to use the 

secondary active material to produce stress waves.  

Pulsing of the Sn doped AO composition drives it 

through the AO-FR phase transformation that 

increases the volume by 1%.  The electrical pulse 

can take place in a microsecond or less.  This will 

give rise to a dilatational stress pulse.  Work on 

phase transforming materials and their temporal 

response to large electric pulses is ongoing. 

4. Concluding remarks 

This paper presented an overview of work that is 

underway on developing new shock mitigation 

strategies.  The approach is to use pulse power 

generation from the initial impact, feed the pulse 

power ahead of the shock front, and modify the 

material in a manner that will help to mitigate 

damage from the shock.  Results were presented for 

two candidate primary materials to be used for pulse 

power generation and for potential secondary 

materials that can respond to the electrical pulse in 

the microsecond time frame. 
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1 Introduction

Current bone repair implants for use within the
body are made from metals [1, 2], which have
disadvantages such as stress shielding and can
remain in the body permanently. In addition, a
fractured bone fixated with a metal plate may
re-fracture upon removal of the implant
[3].This is due to the fact that bone does not
carry sufficient load during the healing process.
Recently, a move towards degradable
composite materials for bone repair
applications (to replace metal plate equivalents)
has been viewed as extremely favourable [4, 5].
The main objective of these composite plates
would be to degrade not only in vivo but also to
take an active part in the tissue regeneration
process.

The main advantage of having a material that
degrades is so that an implant would not
necessitate a second surgical event for removal.
In addition, biodegradation may offer other
advantages and an implant prepared from
biodegradable materials could be engineered to
degrade at a rate that would transfer load
slowly to the healing bone.

Phosphate glasses and fibres are fully
resorbable amorphous glass products that
provide an alternative to silicate-based glasses,
with comparable mechanical properties and
with much lower energy manufacturing costs
(phosphate glasses melt typically at lower than
~1100 °C, whilst silicate based glasses melt at
close to 1500 °C). A particular added value of
phosphate glasses is that their degradation rates
can be varied very easily by several orders of
magnitude, ranging from hours to days to
months and even years [6]. The most common

and prevalent components in these glasses are
calcium and phosphate ions, which are common
constituents of the body and thus no adverse
health issues or inflammatory responses are
expected.

In this study, fully resorbable composite bone
repair plates comprising a polylactic acid (PLA)
matrix reinforced with phosphate glass fibres
(PGF) were investigated. In addition, a stainless
steel plate with the same dimension was utilised
as a control group. Flexural and torsional
properties of the two kinds of plates alone and
plated rabbit tibia bones were tested via three
point bending and torsion tests.

2 Materials and Methods

2.1 Animal model

Tibia bones were obtained from cadaveric New
Zealand White rabbits at the age of 12 weeks.
The bones were wrapped in towels and stored
at -18°C. Before testing, the bones were thawed
to room temperature. They were kept moist
during testing.

2.2 Manufacturing process of composite
plate

In this study, phosphate based glass of
formulation 40P2O5– 16CaO – 24MgO –
16Na2O – 4Fe2O3 (in mol%) was prepared from
sodium dihydrogen phosphate (NaH2PO4),
calcium hydrogen phosphate (CaHPO4), iron
phosphate dihydrate (FePO4.2H2O), magnesium
phosphate dibasic trihydrate (MgHPO4.3H2O)
and phosphorous pentoxide (P2O5) (Sigma–
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Aldrich, UK). The salt mixture was dried at
350 °C for 30 minutes followed by melting at
1100 °C for 90 minutes, after which the glass
was poured directly onto a steel plate and
allowed to cool to room temperature.
Continuous fibres were produced using an in-
house melt-draw fibre spinning [7] facility and
traversed onto a Teflon sheet coated drum.
Polylactic acid (PLA, PURSORB®PLDL 8038,
PURAC, UK) sheets, nonwoven and
unidirectional fibre mats used in this study were
manufactured via a process detailed in [8]. The
PLA sheets were sandwiched alternately with
non-woven fibre mats on top and bottom of UD
pre-pregs and then placed into 2 mm thick
moulds. The layered PLA sheets and fibre mats
were then heated to 210 °C for 15 minutes,
compressed at 38 bar for 15 minutes and then
cooled under a pressure of 38 bar for 15
minutes to room temperature. The resulting
laminated composites were sectioned into 45 ×
5 × 2 mm samples using a scroll saw and then
drilled with 6 screw-holes (2 mm diameter) at
specific positions (see Figure 1a). Fixation of
the plate on tibia bone was achieved using
standard orthopaedic stainless steel screws (see
Figures1b and 1c). The plate samples prepared
in this study with their respective sample codes,
sample dimensions, volume fractions and
sterilisation method are presented in Table 1.

2.3 Burn off Test

The fibre volume fraction of the composite
samples was determined via the standard test
method (ASTM D 2584 – 94) for ignition loss
of cured reinforced resins. The mass of the
metal sample tray was measured with and
without the composite sample. These samples
were then placed into a furnace at 450 °C
(below the glass Tg) for an hour, ensuring
complete combustion of polymer. The mass of
the tray and residue was measured after
removal from the furnace.

2.4 Gamma Sterilisation

Gamma Sterilisation of the composites was
conducted by Isotron, U.K. The dose applied
was 36.7kG, utilising a single cycle.

2.5 Mechanical Testing

2.5.1Flexural test

1) Flexural test on plate samples

The initial flexural modulus and strength values
of the composite specimens were evaluated via
three-point bending flexural tests on a
Hounsfield Series S testing machine. These
tests were conducted in accordance with BS EN
ISO 14125:1998. A cross-head speed of 1
mm/min was used at a span of 32mm, with a 1
kN load cell. Flexural studies were conducted
using three repeat specimens

2) Flexural test on tibia bone samples

The tibia bone samples were loaded in three-
point bending in an Instron testing machine
(type 1123 at a constant deformation rate of 5
mm/min with a 5 kN load cell. The span used
(40mm) corresponded to the distance between
the two outermost screws of the plate,
according to the topography of the sample
system. Flexural studies were conducted using
three repeat specimens. In comparison,
properties of stainless steel metal plates (of
similar dimensions) and metal plated rabbit
tibia bone samples were also examined.

2.5.2 Torsion testing

Tibial bone samples were also loaded in torsion
using an Instron testing machine (type 1123)
and tested at a constant angular speed rate of
3.6̊/min. The gauge length used was 60mm 
according to the length of the sample system.
Torsion tests were conducted using three repeat
specimens. In comparison, properties of
stainless steel metal plates (of the same
dimensions) and metal plated rabbit tibia bone
samples were also examined.

2.6 Statistic analysis

Statistical analysis was performed with Tukey's
Multiple Comparison Test (95% confidence
intervals) via a one-way analysis of variance
(ANOVA), employing GraphPad Prism
software (Version 5.01).

3 Results

3.1 Flexural tests on plate samples

The dimensions of the plates investigated were
designed according to the rabbit tibia bone
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geometry and topography [8]. In addition, all
the plates were sterilised using Gamma
radiation. This sterilisation technique is the
most common method applied to medical
implant devices aimed for use in vivo. Thus, the
effect of incorporating screw-holes and the
sterilisation process on the mechanical
properties of the composite plate were also
investigated (see Figure 1).

3.1.1 PLA plate flexural test

Results from the three-point bend flexural tests
on PLA (only) plates (sterilised and non-
sterilised and with and without screw-holes)
can be seen in Figure 2. Values for these PLA
(only) plates ranged between 40-47N and 15-
19N/mm for maximum load and stiffness
respectively. No significant decrease in
maximum load was seen for the non-sterilised
and sterilised PLA plate samples, and between
the non screw-hole and with screw-holes
samples (P>0.05). The only significant
difference observed was for the stiffness values
between the non-sterilised samples with screw-
holes and the sterilised samples with no screw-
holes (P<0.05).

3.2.2 Composite plate flexural test

The mechanical properties of the composite
samples were also investigated via three point
bend flexural tests and the results are presented
in Figure Error! Reference source not
found.3. The flexural maximum load and
stiffness values ranged between 89-118N and
83-118N/mm respectively (for the sterilised and
non-sterilised and with and without screw-hole
samples). A decrease in stiffness for the non-
sterilised samples with no screw-holes
compared to sterilised samples with screw-
holes (p<0.05) was observed. However, no
statistically significant difference was observed
in maximum load amongst the remainder of the
composite plate samples tested (p>0.05).

3.2 Flexural tests on bone related samples

Three point bending was also employed to
evaluate the mechanical properties (maximum
load and stiffness) of the metal and composite
plates, intact rabbit tibia bones and tibia bones
plated with a metal and composite plate

respectively. These tests were conducted at
40mm span. As seen from Figure 4 below, the
flexural maximum load and stiffness properties
of the composite plates were significantly lower
in comparison to the metal plates. The
maximum load and stiffness of the intact rabbit
bones were recorded at 536N and 370N/mm
respectively. The composite plate properties
were approximately 12% of the rabbit tibia
bone properties. Whereas, the stiffness of the
metal plates were approximately 10 times
higher as compared to the composite plates.
After plate fixation to the rabbit tibia bone, the
metal plate and bone construct properties were
significantly higher (58% (P<0.05) of
maximum load and 199% (P<0.0001) of
stiffness) in comparison to the intact tibia bone
values, respectively. However, the composite
plated bone construct revealed only a modest
increase of approximately 30% for maximum
load and stiffness as compared to the intact
tibia bone and these values were not found to
be statistically significant (P>0.05).

3.3 Torsion tests on bone related samples

Torsional properties of the bone and plated
bone constructs are shown in Figure 5. Average
maximum torque and failure angles of the intact
control bone samples were 34N·m and 25̊ 
respectively. No statistically significant
difference in failure angles for the bone with
six ø2mm drilled screw-holes, the metal plated
bone and composite plated bone constructs
(P>0.05), in comparison to the intact control
bone samples was observed. Regarding the
maximum torque properties, the bone with
drilled screw-holes, bone with only screws-
inserted and the metal plated bone construct
revealed a decrease in values as compared to
the intact tibia bone values. However, the
maximum torque value for the composite plated
bone samples revealed a value almost twice that
of the metal plated bone construct and were the
closest to the maximum torque value of intact
bone.

4. Discussion

Bone plate fracture-fixation methods are used
to reduce the fracture gap at the fracture site,
thus allowing primary bone healing or healing
by endosteal callus formation [9]. The role of
bone plates and screws is to hold the fractured
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bone ends in position without allowing tensile
stresses at the fractured interface and to try and
induce critical compressive stresses in order to
accelerate healing [9]. As such, flexural
bending tests were employed in this study due
to the actual bending moments exerted in vivo
which have the tendency to induce both tension
and compression stresses across the fracture
interface, which can open up the fracture,
leading to a reduction in stability of the fixation
[10]. Hence, these preliminary biomechanical
studies for the newly developed composite
bone plates were conducted via three point
bending tests with a view to conducting in vivo
studies to determine the optimal mechanical
conditions for the healing of these fractures. As
such, both the degree of fixation stiffness in
vitro and the relative flexural stiffness of the
designed composite plates attached to cadaveric
rabbit tibia were also investigated.

Figures 2 and 3 illustrate the flexural properties
of the neat PLA and PGF reinforced PLA
composite plates. For the PLA plates alone, the
effect of screw-hole drilling was investigated
via comparison between samples with and
without screw-holes. The sterilisation effect on
the mechanical properties of the plates was
illustrated by the flexural results of samples
before (non-sterilised) and after (sterilised)
gamma irradiation. Both the screw-hole and
sterilisation effects on the flexural properties
were not found to be statistically significant
(P>0.05). The average values of the results for
the samples without screw-holes were
constantly higher than those for samples with
screw-holes. This was suggested to be due to
the macro structural changes induced by the
stress concentration around the screw-holes
caused by the drilling process.

Shubhra et al. investigated the effects of
gamma irradiation on the flexural properties of
polypropylene (PP) and E-glass reinforced PP
composites (which were subjected to a dose
range of 0, 2.5, 5 and 10 kilo Gray (kGy). They
reported that the flexural properties of the
polymer increased after irradiation up to 5 kGy
and decreased after irradiation of 10 kGy. They
suggested that this was due to gamma radiation
producing free radicals in the polymer. The free
radicals could react to change the chemical
structure of the polymer by increasing the
amount of crosslinks amongst the molecular
chains in the polymer thus increasing the
physical properties of the materials [11]. In

addition, Gupta et al. investigated the effect of
gamma radiation on the PLA polymer with
exposure at under 1MGy. They found that both
scission and cross-linking reactions competed
in the PLA polymer under gamma radiation
(depending on the dose) [12]. Molecular chain
scissions in PLA would cause a decrease in the
polymers molecular weight, thus suggesting
that a decrease in mechanical properties should
follow. However, crosslinking between
molecular chains should enhance the polymer’s
molecular weight and as such its mechanical
properties. Thus, the final properties of the PLA
product would depend on the degree of
crosslinking and scission having occurred after
the gamma irradiation process. The results in
Figure 2 suggest that the number of PLA
polymer chain scissions and cross-linking
events were counter-balanced during the
gamma sterilisation. Hence, no statistically
significant differences were seen.

With regards to the PGF reinforced composite
plates, similar profiles to the results of the PLA
plates were observed (Figure 3). It has
previously been ascertained by Han et al. [8]
that the screw-hole drilling process did not
result in significant damage around the screw-
holes in the composite plates due to the
utilisation of random fibre mats on the top and
bottom of the unidirectional fibre lay-up, which
relieved interlaminate delamination and
interfilament splitting around the screw holes.
In addition, Shubhra et al. also stated that the
reinforcing fibre inside the polymer matrix was 
unlikely to be effected by relatively low doses
of gamma radiation [11] which led to the
composite materials maintaining their
mechanical properties after gamma irradiation.

In order to ascertain if the composite plates
were mechanically sufficient for fixation of
bone for follow-on in vivo studies, the
mechanical properties of the composite plates,
metal plates, intact bones (with no screw-holes)
and metal and composite plated bone constructs
were compared by testing at the same test span
(40mm) and speed (5mm/min). The bending
load applied was in the antero-posterior
direction, which applied compressive stress in
the anterior and tensile stress in the dorsal part
of the tibia. This offered, in our test, adequate
load directions for the potential situations that
may be present in vivo. As might be expected, a
significantly greater increase in stiffness was
observed for the composite plated bone
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construct as compared to the intact bone
(P<0.05). It should also be noted that the
drilling process on the tibiae bone predictably
reduced their mechanical properties; which was
probably due to damaging the bone structure.
However, plate fixation helped to compensate
this mechanical loss; and the plated bone
construct revealed higher mechanical properties
than that of the original intact bone. Gautier et
al stated that fixation devices take over that
portion of the loading which the fractured bone
is unable to bear and stabilise the fracture [13].

In general, the flexural bending tests gave a
good accordance of the mechanical effects of
metal and composite plates fixed to rabbit tibia.
However, Figure 5 also showed that the
PBG/PLA composite plated bone also revealed
better torsional properties than that of the metal
plated bone samples and presented the closest
torsional properties to that of the intact bone;
furthermore, during the experiments, it was
found that the screws easily pulled-out from the
metal plated bone sample constructs during the
torsional tests which was probably due to the
large rigidity mismatch between the metal plate
and the bone, which resulted in the metal plated
bone construct failing in such manner.
Conversely, the composite materials were much
more flexible under torsional loading compared
to the metal plates, which effectively held and
assisted the bone and transferred the torsional
load to the bone easily during the test. Both
bone and composite plate failed at the same
time. This showed a more favoured response
for utilising the composite plates as compared
to the metal plates. Terjes et al ascertained that
less rigid plates caused less osteoporosis, less
stress shielding and less bone loss in the end
[14].

A desired requirement for a fixation device is
that its mechanical properties are as close as
possible to that of the bone itself. One of the
main functions and advantages of the
resorbable composite implant would be for the
mechanical load to be gradually transferred to
the bone during the healing process [13].

An in vivo study using rabbit tibiae showed that
utilisation of rigid (i.e. stainless steel [E 200
GPa] and titanium [E 110 GPa]) plates
demonstrated up to 50% strength reduction of
the bone after plate removal [15].

To summarise, both flexural and torsional tests
suggested that an adequate and more favoured
physical support was achieved utilising the
composite bone fixation device in comparison
to the metal plates.

5 Conclusions

This study showed that drilling of screw-holes
and gamma sterilisation did not have a
significant effect on the flexural properties of
the PLA plates and PBG/PLA composite plates.
The utilisation of random mats on top and
bottom of the composite fibre layer-up
effectively relieved the delamination effect
caused by drilling screw-holes into composites
containing only unidirectional fibre mats.

The study also indicated that after plate fixation
to the rabbit tibia bone, the composite plated
bone construct’s flexural and torsional
properties were closer to the intact bone as
compared to the metal plated bone constructs.
Suggesting that an adequate and more favoured
physical support was achieved utilising the
composite bone fixation device in comparison
to the metal plates.
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Figures and Table

Figure 1: Samples prepared for biomechanical tests: (a) Designed and manufactured 45x5x2mm PGF/PLA
composite bone plate; (b) Standard stainless steel screws; (c) Composite plated rabbit tibia bone.

Figure 2: Max load and flexural stiffness properties comparison of PLA plate samples with and without screw-
holes, before and after gamma sterilisation (40mm test span, 1mm/min test speed and 1kNload cell). P
represents PLA only, NS is non-sterilised, S represents sterilised and NH and WH represent no screw-holes and
with screw-holes respectively.
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Figure 3: Max load and flexural stiffness properties comparison of PBG/PLA composite plate samples with and
without screw-holes, before and after gamma sterilisation (40mm test span, 1mm/min test speed and 1kN load
cell). Here C represents composite plate samples and the remainder is the same as the caption in Figure 2.

Figure 4: Flexural properties of implant plates and plated tibia samples via three point bending flexural tests
(utilising 40mm test span, 5mm/min test speed and 5kN load cell).
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Figure.5. Torsional properties of the plated tibia samples under torsion test (60mm gauge length, 3.6̊/min test
speed).

Figure.6. Failure mode of PLA plate and composite plate after 3 point bending test with 32mm span, 1mm/min
and 1kN load cell

Table 1 Sample codes with sample dimension, screw-hole structure, including sterilisation method and actual
volume fraction Vf.

Sample Group
Sample
Code

Sample
Dimension Screw-holes

Sterilisation
Method Vf(%)

PLA Plate

P-NS-NH 45x5x2mm 0 N/A 0

P-NS-WH 45x5x2mm 6 N/A 0

P-S-NH 45x5x2mm 0 Gamma 0

P-S-WH 45x5x2mm 6 Gamma 0

Composite Plate

C-NS-NH 45x5x2mm 0 N/A 46.7±1.4

C-NS-WH 45x5x2mm 6 N/A 46.7±1.4

C-S-NH 45x5x2mm 0 Gamma 46.7±1.4

C-S-WH 45x5x2mm 6 Gamma 46.7±1.4
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1 Introduction  

Liquid composite molding (LCM) represents a 
group of processing methods, which have in 
common that a dry preform of reinforcing textiles is 
placed in a mold and then impregnated with the 
liquid polymer matrix material. The impregnation 
process plays a key role as insufficiently saturated 
regions directly affect the mechanical properties of 
the final component. In order to avoid elaborate and 
expensive impregnation trials for finding the optimal 
impregnation strategy, filling simulations can be 
accomplished. This type of simulation is based on 
permeability values characterizing the resistance of 
the reinforcing textile structures for being 
impregnated with the matrix material. In order to 
provide meaningful simulation results, reliable 
permeability values are required. 
Parameter studies addressing the permeability of 
reinforcing structures show a significant level of 
uncertainty associated with the permeability values. 
Of course, the reinforcing material itself represents 
the main source of uncertainty due to 
inhomogeneous material parameters [1–7], but also 
inappropriate handling of the reinforcing structure 
can give a strong influence [8]. Nonetheless, there is 
a contribution to the overall uncertainty caused by 
the measurement system itself. In this work, a 2-
dimensional optical permeability measurement 
system is investigated with respect to the inherent 
measurement uncertainty. For this analysis, the 
measurement system itself is presented together with 
the digital image processing algorithm used to 
determine the timely advancement of the flow front 
during the experiment. Moreover, the procedure for 
calculating the permeability tensor values out of 
these characteristics is briefly described. Finally, a 
specific type of radial flow experiment is presented, 
that can be used to derive the measurement 

uncertainty associated with the permeability tensor 
components. 

2 Basics and Background 

2.1 Darcy’s Law and the 2D-Permeability 
Tensor 

The process of impregnating a dry preform of 
reinforcing textiles with liquid matrix material can 
be understood as saturating a porous structure with a 
viscous liquid. Following Darcy’s law [9], the flow 
characteristics can mathematically be described 
according to: 

𝑣 = − 1
𝜂

K∇𝑝. 
 

(1) 

Therein, the fluid flow velocity vector 𝑣 �m
s
�  is 

related with the driving pressure 
gradient ∇𝑝 � N

m2 m
� through the fluid viscosity 

𝜂 �N s
m2�  and the permeability of the reinforcing 

structure, described by the permeability 
tensor K [m2]. 
Considering the flow of a liquid polymer in a planar 
reinforcing textile structure, the 2-dimensional 
permeability tensor shows the following general 
structure: 

K[2x2] = �
𝑘𝑥 𝑘𝑥𝑦
𝑘𝑦𝑥 𝑘𝑦

�. 
 

(2) 

By choosing an appropriate coordinate frame (or by 
application of a coordinate transformation), the 
primary flow directions can be aligned with the 
coordinate frame of the measurement system. This 
leads to a simplification of the permeability tensor: 

K[2x2] = �
𝑘𝑥 0
0 𝑘𝑦

�, 
 

(3) 
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with 𝑘𝑥  and 𝑘𝑦  denoting the permeability values 
along the primary flow directions. 

2.2 Determination of Permeability Values 

Basically, permeability measurement is 
accomplished in a two-step procedure: 

1. the actual saturation experiment, i.e. 
determination of the timely advancement of 
the fluid impregnating the reinforcing 
structure, and 

2. calculation of the permeability tensor 
components from these characteristics 
following a specific mathematical algorithm. 

A couple of different approaches are existing for 
performing the experimental part of the procedure, 
the best known of them being based on optical and 
capacitive measurement principles, respectively [10]. 
Comparing these two approaches, the capacitive 
measurement system is advantageous in terms of 
robustness and stiffness of the metal mold halves. 
Thus, it allows for measurements in wider areas of 
injection pressure and temperature. The optical 
approach is beneficial as the timely advancement of 
the liquid flow front can be visually observed during 
the experiment and the number of data points used to 
characterize the flow front is significantly higher 
than with a capacitive system. This enables the fluid 
flow front to be reconstructed during the saturation 
experiment at a higher level of detail. 
For the calculation of the permeability tensor 
components by means of the timely characteristics 
of the flow front advancement, a number of different 
approaches are reported in the literature. All of these 
algorithms share the need for finding a solution of 
the second-order differential equation describing the 
2-dimensional pressure distribution 𝑝(𝑥, 𝑦)  of the 
fluid impregnating the anisotropic reinforcing 
structure: 

𝜕2𝑝
𝜕𝑥2

+ 𝛼 𝜕2𝑝
𝜕𝑦2

= 0. 
 

(4) 

Thereby, 𝛼 = 𝑘𝑦
𝑘𝑥

 denotes the degree of anisotropy of 
the reinforcing structure. Adams and Rebenfeld [11] 
presented an algorithm, which is based on an 
iterative numerical solution for the degree of 
anisotropy 𝛼. Chan and Hwang [12] on the contrary 
described an approach which introduces a 
transformation of the anisotropic problem into an 
equivalent isotropic system (EIS). Thereby, the 
second-order differential equation simplifies to the 
well-known Laplace equation [9; 13; 14], for which 
a closed form solution exists. The resulting isotropic 

permeability is finally transformed back to the 
anisotropic system in order to obtain the desired 
values for 𝑘𝑥 and 𝑘𝑦, respectively. As a result of the 
low requirements on computational power, the latter 
approach is used for the permeability calculations in 
the work presented in this paper. 

3 Optical Permeability Measurement 

3.1 Measurement Principle 

The basic principle of the optical permeameter 
measurement system investigated in this work has 
originally been presented by Adams et al. [15] and is 
termed “radial flow experiment”. In Fig. 1, a scheme 
of the setup is shown. The measurement system 
consists of a mould which is composed of a metal 
bottom half and a top half built from a glass plate. In 
between the two halves of the mold, a metal frame 
with distinct thickness is positioned. The latter 
hardware component is termed “cavity frame”, as its 
inner cutting dimensions and thickness specify the 
volume to be filled with the fluid during the 
experiment, i.e. the mold cavity. 
For the actual experiment, layers of the reinforcing 
textiles to be analyzed are placed inside the cavity, 
which is subsequently filled with a liquid through a 
central injection point in the metal bottom half of the 
mold. During the radial flow experiment, an image 
sequence is acquired with a camera system 
positioned above the mold. The camera focusses 
through the glass plate onto the upper surface of the 
reinforcing textiles placed inside the cavity. By 
analysis of the acquired sequence images, the timely 
advancement of the fluid flow front can be 
determined. 
3.2 Test Rig 

Fig. 2 shows a picture of the test rig used for the 
radial flow experiments described in this paper. The 
frame of the test rig is set up by standard aluminum 
profiles. Directly on top of the working table, the 
metal mold half is mounted. The security glass plate 
forming the upper mold half is made from two glass 
plates, each with a thickness of 20 mm, and a thin 
separating polymer foil. The glass mold half is 
framed with metal profiles in order to connect it to a 
hinge system on the back side of the test rig. A 
pneumatic cylinder finally provides for the flapping 
motion as indicated in Fig. 2. The actual mold cavity 
is specified through the cavity frame showing an 
inner dimension of 300 mm x 400 mm. After placing 
the reinforcing structures inside the cavity, the mold 
is closed by flapping the glass plate into a horizontal 
position. In addition, the glass plate is tightened with 
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the bottom mold half using a metal clamping frame 
and a set of screws. The radial flow experiment is 
then executed by injecting the test fluid into the 
cavity through a central injection point in the bottom 
metal mold half. Due to the thickness of the glass 
plate and the clamping frame used to tighten the 
glass plate, a maximum injection pressure of 6 bars 
can be applied. 
At a distance of about 1 m above the mold, a camera 
system consisting of an industrial monochrome 
camera and a precision lens with a focal length of 
16 mm is mounted. The camera is used to acquire an 
image sequence during the radial flow experiment at 
an acquisition rate of up to 50 fps at a resolution of 
1392 x 1040 pixels. In order to determine the timely 
advancement of the fluid flow front, the sequence 
images are evaluated by means of a digital image 
processing algorithm specifically developed for this 
application. Each sequence image (see an 
exemplarily chosen image depicted in Fig. 3) is 
evaluated individually following a five-step 
procedure: 

1. calculate the difference image with respect 
to a background image acquired at the 
beginning of the experiment in order to 
compensate for lighting variations during 
the experiment, 

2. apply a binary mask image for segmentation 
of the relevant image regions inside the 
metal clamping frame (see Fig. 4), 

3. threshold the masked difference image and 
apply morphological operations [16] in 
order to obtain a binary image of regions 
saturated by the fluid (see Fig. 5), 

4. find sets of data points along the actual fluid 
flow front by image gradient methods, and 

5. approximate an elliptical geometry model to 
the sets of data points (see Fig. 6) and 
calculate the major and minor axis lengths in 
order to obtain measures of the flow front 
extent along the principal flow directions. 

The latter step is performed following an algorithm 
presented by O’Leary et al. [17]  which minimizes 
the sum of the orthogonal distances of the data 
points to the elliptic geometry model in a least 
squares sense. As a result of evaluating the sequence 
images, the timely flow front advancement is 
obtained in terms of the major and minor axes length 
characteristics. 

The test rig control task as well as the image and 
data acquisition, evaluation and storage tasks have 
been implemented in a LabView® application. More 
specifically, the acquired sequence images are 
evaluated online according to the image processing 
algorithm described above, i.e. at the same rate as 
the images are acquired. As a result, the timely flow 
front advancement is available immediately after 
finishing the radial flow experiment and the 
mathematical computation of the permeability tensor 
components can be accomplished instantaneously. 

4 Experimental Work 

4.1 Material and Experimental Parameters 

The experiment described in the following section 
has been accomplished with a reinforcing structure 
exhibiting the following parameters: 

• type of material: carbon fibre, 

• type of fabric: biaxial non-crimped fabric 
with polyester stitching yarn, 

• fibre orientation: 0°/90°, 

• areal weight: 565 g/m². 

Furthermore, the fluid utilized for the radial flow 
experiment was standard edible oil with a red 
colored additive required for establishing 
sufficiently high contrast between unsaturated and 
saturated image regions. The viscosity of the 
injected fluid was measured with a rotational 
rheometer and showed 65 mPas. Finally, the 
following experimental parameters have been 
chosen: 

• cavity height: 3,5 mm, 

• number of layers: 6 mm, 

• resulting fibre volume content: 54,4 %, 

• fluid injection pressure: 1 bar. 

4.2 Repeatability Experiment 

Permeability values reported in the literature [1; 8] 
show a significant level of uncertainty with major 
contributions from inhomogeneities in the 
reinforcing materials. Nonetheless, the measurement 
system itself also accounts for a certain portion. In 
order to estimate the contribution of the optical 
measurement system presented in Section 3.2 on the 
overall uncertainty associated with the resulting 
permeability tensor components, a repeatability 
analysis has been carried out. 
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The analysis is based on a single radial flow 
experiment, which has been conducted according to 
the scheme described in Section 3.1. After placing 
the layers of reinforcing materials inside the mold 
cavity, the fluid injection has been started together 
with the acquisition of the image sequence. During 
the timely advancement of the flow front, the fluid 
injection has been interrupted at certain stages of the 
experiment. However, the acquisition of the image 
sequence has been pursued and as a result, the radial 
extent of the elliptic flow front has been acquired 
virtually at repeatability conditions during these 
stages of interrupted fluid injection. 

5 Results 

5.1 Statistical Data Analysis 

The procedure described in Section 4.2 has been 
repeated five times over the entire length of the 
experiment and for all of the five sections, a number 
of about 800 images (and thus, measurement values) 
have been acquired. The timely characteristics of the 
major and minor axis length obtained by evaluation 
of the sequence images throughout this experiment 
are depicted in Fig. 7. Therein, the five sections of 
nearly constant major and minor axis length 
reflecting the periods of interrupted fluid injection 
are highlighted. These five sections have 
subsequently been analyzed in terms of their 
statistical nature. 
At first, slight rises in the major and minor axes 
lengths have been observed in all of the five 
sections. These can be explained by capillary actions 
taking place during the periods of interrupted fluid 
injection. However, the rises show nearly linear 
characteristics. Thus, a simple strategy has been 
applied in order to compensate for these drifts: A 
linear regression model has been approximated to 
the measurement values and the deviations of the 
measurement values from the regression line are 
used for the further steps of the analysis. 
For each of the five sections, the statistical nature of 
the measurement data has been verified to follow a 
Gaussian probability density function by means of 
Lilliefors tests [18]. As these tests have been passed 
successfully, histogram plots have been generated 
for the data derived for the five sections of 
interrupted fluid injection. The histogram plots are 
depicted in Fig. 8, Fig. 9, Fig. 10, Fig. 11 and 
Fig. 12 together with exemplarily chosen 
corresponding sequence images. Moreover, the most 
important parameters describing the statistical nature 
of the data, i.e. average values and standard 
deviation values, have been computed. The values 

obtained are listed in Table 1. Therein, 𝜇Maj,i  and 
𝜇Min,i denote the average values of major and minor 
axis length for the 𝑖th section, respectively, whereas 
𝜎Maj,i  and 𝜎Min,i  term the corresponding standard 
deviation values. As can be seen, the standard 
deviation values are varying between 0,05 mm and 
0,11 mm for the minor axis length as well as 
between 0,07 mm and 0,28 mm for the major axis 
length. 
The standard deviation values of the first two 
sections of interrupted fluid injection are nearly 
constant and in this characteristic, they are deviating 
from the trend to be observed for the remaining three 
sections. There, the standard deviation values clearly 
increase with the flow front advancement. At first 
glance, this appears to be surprising as with 
increasing radial flow front extent, the number of 
data points available for approximating the elliptical 
geometry model increases as well. Thus, stronger 
averaging effects inherent to approximating the 
elliptical geometry model can be expected. 
However, the reason for this trend is rather to be 
found in the reinforcing material itself. With 
increasing radial extent of the flow front, the number 
of intersecting positions between flow front and 
stitching yarn (which is used for fixation of the 
carbon fibre rovings to form the biaxial non-crimped 
fabric) increases as well. At these intersection 
points, the flow front can be observed to advance in 
leaps rather than continuously. 

5.2 Uncertainty Propagation 

Based on the standard deviation values resulting 
from the experiment described above, the 
uncertainty associated with the permeability tensor 
components characterizing the reinforcing structure 
has been estimated. For that purpose, a Monte-Carlo 
analysis based on artificial sets of data has been 
performed. 
The timely characteristics of major and minor axis 
lengths as shown in Fig. 13 have been used as 
vectors of mean data required for this analysis. 
These characteristics have been obtained in a 
representative radial flow experiment using the same 
material and experimental parameters as listed in 
Section 4.1. Moreover, the covariance matrices 
associated with the vectors of mean data have been 
set up based on the standard deviation values 
obtained in the statistical data analysis described in 
Section 5.1. 
Based thereupon, a set of 𝑛 = 1000 artificial timely 
characteristics of major and minor axis length values 
have been created. As a result of the underlying 
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covariance matrices, these timely characteristics 
follow the statistical nature of the data obtained in 
the repeatability experiment. Finally, all of these sets 
have been evaluated according to the mathematical 
scheme proposed in Section 2.2. As a result, a 
number of n permeability values 𝑘x  and 𝑘y 
respectively, are obtained. For these results, again 
the average and standard deviation values, denoted 
with 𝜇𝑘𝑥  and 𝜇𝑘𝑦  as well as 𝜎𝑘𝑥  and 𝜎𝑘𝑦 , 
respectively, are computed. The permeability values 
ultimately found are specified as follows: 

𝑘𝑥 = 𝜇𝑘𝑥 ± 𝜎𝑘𝑥  
      = 2,97 10−11 ± 1,56 10−15 𝑚2,  

(5) 

𝑘𝑦 = 𝜇𝑘𝑦 ± 𝜎𝑘𝑦  
      = 1,58 10−11 ± 0,47 10−15 𝑚2.  

(6) 

6 Summary, Conclusions and Outlook 

6.1 Summary 

In the present paper, the measurement uncertainty 
inherent to an optical system for determining 2-
dimensional permeability values of reinforcing 
structures is estimated. The approach of optical 
permeability measurement has been outlined and the 
test rig used for the experiments presented in this 
paper has been described. 
Following a specific radial flow experiment 
superimposed with a number of sections of 
interrupted fluid injection, the statistical nature as 
well as the uncertainty associated with the 
measurement results, i.e. the timely advancement of 
radial flow front extent has been determined. 
Lastly, the uncertainty associated with the 
permeability values characterizing the reinforcing 
structure has been derived by means of a Monte-
Carlo analysis based on artificially created data sets. 

6.2 Conclusions 

The major output of the work presented in this paper 
is seen in the procedure to follow in order to 
estimate the measurement uncertainty inherent to an 
optical permeameter system. 
In addition, the results obtained indicate that the 
contributions of the measurement system itself to the 
uncertainty associated with the determined 
permeability values are negligibly small. 

6.3 Outlook and Future Work 

Additional experiments based on the procedure 
presented in this paper incorporating other types of 
reinforcing structures as well as varying 

experimental parameters are suggested in order to 
give to a more general statement about the results. 
Moreover, the statistical uncertainty analysis can be 
extended by estimating the influence of material 
parameters showing a stochastic nature, e.g. the 
areal weight of the fabrics, on the resulting 
permeability values. Finally, an overall examination 
of the optical permeability measurement system 
incorporating sources of statistical as well as 
systematic errors is proposed as future work. 
 
 

 
Fig. 1: Scheme of an optical permeability measurement 
system with its major hardware components. 

 

 
Fig. 2: Optical permeability measurement system used for 
the radial flow experiments. 
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Fig. 3: Example sequence image acquired with the optical 
permeameter measurement system. 

 
Fig. 4: Masked difference image highlighting the areas of 
the reinforcing textile saturated by the injected fluid. 

 
Fig. 5: Binary image computed by the image processing 
algorithm for finding the data points along the fluid flow 
front. 

 
Fig. 6: Sequence image with an overlay of the elliptic 
flow front model approximated to the sets of data points 
found along the fluid flow front. 

 

 
Fig. 7: Timely advancement of the fluid flow front represented by the characteristics of major and minor axis lengths. 
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Fig. 8: First section of interrupted fluid injection: sequence image and histogram plots of major and minor axes lengths. 

 

 
Fig. 9: Second section of interrupted fluid injection: sequence image and histogram plots of major and minor axes lengths. 
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Fig. 10: Third section of interrupted fluid injection: sequence image and histogram plots of major and minor axes lengths. 

 

Fig. 11: Fourth section of interrupted fluid injection: sequence image and histogram plots of major and minor axes lengths. 
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Fig. 12: Fifth section of interrupted fluid injection: sequence image and histogram plots of major and minor axes lengths. 
 

 
Fig. 13: Major and minor axes length determined in a 
representative radial flow experiment. 
 

𝒊 𝝁𝐌𝐢𝐧,𝐢 

[mm] 

𝝈𝐌𝐢𝐧,𝐢 

[mm] 

𝝁𝐌𝐚𝐣,𝐢 

[mm] 

𝝈𝐌𝐚𝐣,𝐢 

[mm] 

1 114,55 0,08 153,23 0,15 

2 157,48 0,06 223,95 0,07 

3 187,58 0,05 269,23 0,11 

4 219,77 0,08 310,25 0,22 

5 247,78 0,11 347,20 0,28 
Table 1: Statistical parameters of major and minor axes 
length in the sections of interrupted fluid injection. 
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Introduction 
Development of new specimens of state-of-the-art 
technology, particularly aviation technology, is 
closely associated with advancement of materials 
science, development of new structural materials and 
coatings which can be applied in harsh environment 
(at elevated temperatures and under mechanical 
loading). Intensive studies of characteristic 
properties of nanosized particles have shown that 
their introduction into structural materials even in 
small amount allows improving crack resistance 
(which is crucial for high-temperature ceramic 
materials) and modifying other properties of 
practical importance. 
Silicon carbide is one of the key compounds used for 
production of structural ceramic and composite 
materials for high-temperature applications due to 
the unique combination of properties such as low 
density, high decomposition temperature, absence of 
phase transitions in a wide temperature range, good 
mechanical properties, inertness to many corrosive 
media, and the highest oxidation resistance among 
refractory carbides. Its preparation in highly 
dispersed state considerably extends fields of 
application, including decrease in energy 
consumption during production of SiC-based articles 
at lower temperatures, more effective application of 
slip technique, and development of conceptually 
new processes for production of materials [1-5]. 
Synthesis of nanocrystalline silicon carbide using 
sol-gel technique to obtain highly dispersed starting 
mixture “SiO2 – C” is extremely promising and 
rapidly growing line of research. There are various 
approaches which considerably differ from each 
other, primarily, in the type of precursors. For 

example, the following disperse forms of carbon can 
be used as carbon source: 
 
- soot; 
- carbon nanotubes – single-layer and multilayer; 
- colloid systems “disperse medium – nanographite”; 
- nanosized diamonds, and so on. 
 
The following compounds are used as silicon source 
in different methods: silica sols and silicon 
alkoxides, especially, tetraethoxysilane (TEOS) [6-
14]. 
There are also methods utilizing polymeric 
compounds (primarily, phenol-formaldehyde resins) 
as carbon source. 
 
Thus, one of the promising techniques of SiC 
production is the hybrid method which involves sol-
gel synthesis of superfine, reactive and uniformly 
distributed starting mixture “SiO2-C” by means of 
controlled hydrolysis of tetraethoxysilane in the 
presence of polymeric source of carbon (phenol-
formaldehyde resin LBS-1) and the subsequent 
carbothermal reduction at moderate temperatures 
(below 1500-1600°C), which was used by the 
authors to obtain ultra-refractory carbides [15-21]. 
One of the important advantages of this method is 
the possibility to prepare highly dispersed particles 
of the target products as nanocrystalline powder, 
thin films, and also as superfine matrixes directly in 
the bulk of the composite since sol-gel 
transformation due to hydrolysis occurs for some 
time making it possible to impregnate porous 
materials. 
The goals of this work are the following: study 
dedicated to the influence of the starting mixture 
“TEOS – polymeric source of carbon – acid 
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catalyst– water” composition on the time of 
formation of slow-flowing gel; synthesis of fibrous 
silicon carbide directly in the bulk of porous SiC 
material (see Figure 1). 
 

 
Fig. 1. Diagram for synthesis of superfine SiC directly in 
the bulk of SiC material using sol-gel technique 

 

Experiment, Results and Discussion 

Investigation of gelation during tetraethoxysilane 
hydrolysis in the presence of polymeric source of 
carbon 

One of the specific features of the sol-gel technique, 
applied in this work for production of superfine, 
reactive starting mixture “SiO2-C” (further used for 

carbothermal synthesis of fibrous SiC) directly in the 
bulk, is the possibility to obtain, depending on the 
task, both functionally-graded materials and 
materials with uniform volume filling. Therefore, it 
is necessary to make additional experiments on 
effect of the concentration of hydrolysis catalyst 
(formic acid) on the time of formation of high-
viscous systems. Studies were performed using 
rotational viscometry (Fungilab Smart L apparatus, 
spindle L2). Measurements of dynamic viscosity of 
solutions were made at shear rate 100 rpm, and at 
temperature 60±5°C. Ratio of silicon- and carbon-
containing reagents was 1:3 for all experiments. 
Molar ratio TEOS:Н2О (1:3) was also maintained. 
Volume of reacting system and concentration of all 
reagents were maintained by means of variation in 
the solvent (acetone) content. Viscosity 
measurements were finished upon reaching 300 cP. 
It may be inferred from the obtained data (Figure 2) 
that concentration of hydrolysis catalyst (formic 
acid) makes a substantial influence on the gelation 
time. 
 

 
Fig. 2. Dependences of dynamic viscosity on time and 
n(Si):n{CHO(OH)} ratio 
 
The viscosity versus time curves are similar for all 
experiments – for a long period (30-37 minutes) 
viscosity of colloid systems changes insignificantly, 
after which increase in dynamic viscosity occurs for 
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5-6 minutes up to 50 cP. Further increase in dynamic 
viscosity takes place in an avalanche for 1-2 
minutes. 
Thus, the determined time conditions for the 
formation of slow-flowing gels (from 37 to 46 
minutes), probably, make it possible to impregnate 
porous SiC composites in full. 
Appearance of the prepared gels is shown in 
Figure 3. 
According to the IR spectroscopy of the xerogels 
prepared as a result of multistage drying at 
temperatures in the range 70-140°C in vacuum 
drying box and at a residual pressure about 100 mm 
Hg), the weak stretching band of OH-groups occurs 
in the 3100-3700 cm-1 region for all three 
compositions, which may correspond to the Si-OH 
fragments, OH-groups of ethanol, formic acid and 
water, incorporated into the xerogel structure. In 
addition, the absorption bands at 1550, 1610 and 
1710 cm-1 were observed, corresponding to C=O and 
C=C groups of phenol-formaldehyde resin, formic 
acid and acetone. There is a strong broad band with 
shoulder at 1050-1300 cm-1, which results from the 
overlapping of C-O, C-C and Si-O stretching bands. 
It should be noted that in the 800-820 cm-1 region 
both gel and xerogel spectra contain the absorption 
band characteristic for condensed Si-O-Si fragments, 
formed as a result of TEOS hydrolysis and 
polymerization. 
As a whole, IR spectra are completely identical for 
all three experiments. This allows us to make a 
conclusion that xerogels contain the same functional 
groups. Thus, variation in the hydrolysis catalyst 
content has no influence on the chemical nature of 
the prepared xerogels. 
 

 
Fig. 3. Appearance of silicon&carbon-bearing gel with 
Tyndall cone which gives proof to the formation of the 
disperse system 
 

The obtained xerogels were used for synthesis of 
superfine starting mixture “SiO2 – C” by means of 
thermal treatment of xerogels at a temperature of 
450°C under dynamic vacuum (the residual pressure 
lies in the range ~1×10-1÷1×10-2 mm Hg). 
The specific surface area for powders after sample 
degassing at 300oC was determined by BET method 
(low-temperature nitrogen adsorption, T = 77 K, 
Autosorb-1 apparatus). The specific surface area S 
was calculated to be 190.8 m2/g based on weight-
change data processing. Such big value of S is 
additional proof of the formation of nanosized 
particles combined into nanostructured agglomerates 
with mesopores. 
Additional experiments allowed determining the 
specific surface area related to the micropores (38.0 
m2/g) and the external surface area (152.8 m2/g). 
The average radius of mesopores, obtained as a 
result of automatic processing of experimental data, 
was found to be 12.365 Å. 
 

 
Fig. 4. Microstructure of the obtained superfine starting 
mixture in accordance with SEM data 
 
According to the scanning electron microscopy 
(SEM) data (triple-beam workstation NVision 40 
from Carl Zeiss with attachment for energy 
dispersive X-ray (EDX) analysis from Oxford 
Instruments), no separation of silicon dioxide and 
carbon phases was observed after thermal treatment 
of xerogels (Figure 4); size of agglomerates is less 
than 100 nm. 
It is evident from surface mapping for a 
microparticle of the starting mixture, made on 
carbon, oxygen and silicon (see Figure 5) using 
EDX analysis, that distribution of these elements is 
uniform (the above-mentioned elements are present 
at all points of micrograph, with the resolution being 
equal to ~1x1 µm). 
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Quantitative assay for carbon and silicon dioxide, as 
well as examination of the thermal behavior of the 
starting mixture in air, were made using differential 
thermal analysis (integrated TG/DSC/DTA analyzer 
SDT Q-600). The experimental conditions: 
temperature range 20-1400°C, air flow, heating rate 
20°/min, gas flow rate 100 ml/min, average weight 
quantity 30-40 mg. Weight loss, started at a 
temperature of ~580°C, was observed up to a 
temperature of ~1200°C; the registered weight loss 
corresponds to the specified “SiO2 – C” mole ratio, 
the deviation is less than 1.5%. Weight loss of the 
sample, probably, results from elimination of carbon 
located on the material surface and in closed pores 
of the material. This is supported by two partially 
overlapping exothermic effects on a thermogram 
with maximums at temperatures about 680°C and 
794°C. 
According to the performed test studies, the starting 
mixtures “SiO2 – C”, obtained using the above-
mentioned procedure, allow producing superfine 
silicon carbide under dynamic vacuum at 
temperatures of 1200-1300°C, and under inert gas 
(Ar) – at temperatures above 1550°C. 
 

Synthesis of SiC-whiskers in the bulk of SiC 
composite 

Impregnation of porous SiC-based materials (open 
porosity 39-42%, dimensions 80x8x5 mm – see 
Figure 5) with the starting mixture, containing 
TEOS, polymeric source of carbon (bakelite lacquer 
LBS-1), formic acid and water, was made under 
dynamic vacuum (~8-10 mm Hg) and at 
temperatures of 50-60°C during 15-30 minutes. 
 

 
Fig. 5. Appearance of porous SiC cages (Federal State 
Unitary Enterprise “All-Russian Scientific Research 
Institute of Aviation Materials”) 

Then the samples were left in a reaction vessel for 
gelation, dried using several stages at temperatures 
of 70-150°C, and carbonized at temperatures of 
750-850°C under argon. The last operation consisted 
in carbothermal reduction at temperatures of 
1570-1600°C (3 hours). 
The described operations were repeated until 
absence of weight loss after impregnation. 
Optical microscopy data for the sample surface 
suggest that texture change (compaction) is observed 
after filling of pores with silicon carbide. 
According to the results of XRD analysis, the 
samples contain the mixture of hexagonal and cubic 
phases of silicon carbide. 
 
Microstructure of the sample cleavage in its bulk, 
obtained using SEM, is shown in Figure 6. 
Generation of the layer of nanostructured globular 
particles on the surface of coarse particles, forming 
the starting material, is typical of the samples. There 
is a growth of one-dimensional particles (fibers) in 
the bulk of pores. Most of the one-dimensional 
particles are characterized by less than 50 nm in 
diameter and 200-400 nm in length, but there are 
also crystals with diameter ~70-150 nm and more 
than 2-3 µm in length. Relative position of these 
aggregates also generates three-dimensional cage-
like structure. Based on the phase contrast mode, 
one can conclude that the bulk of the material 
doesn’t contain impurities of any other phases. It 
should be noted that there is a large fraction of free 
pores which might be filled with the reinforcing 
phase. 
 
Variation in the conditions of impregnation, gelation 
and high-temperature synthesis allows changing 
micromorphology of the formed particles. 
The formation of extensive monocrystalline SiC 
fibers (see Figure 7) 80-100 nm in diameter and at 
least 10 µm in length (i.e. diameter-to-length ratio is 
at least 100-125) was registered in the bulk of the 
samples in a number of cases. Figure 7 illustrates in 
more detail the starting segment of monocrystalline 
fiber. As may be seen from the Figure 7, the main 
part of the whisker is the faceted crystal, and the 
whisker’s top contains conic section on which 
nanocrystals of the other phase are concentrated. 
Detailed investigation of the bulk structure of the 
samples before and after filling of their pore space 
with nanostructured silicon carbide was performed 
using computerized X-ray microtomography 
(SkyScan-1172 microtomograph). 
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Fig. 6. Microstructure of the pore bulk for SiC composite 
after modification using sol-gel technique 
 
Exposure of the SiC-based composite sample was 
made in three stages: 
 
1) At the first stage the sample was examined 
as a whole with resolution of 6.2 µm (the main 
exposure parameters: filter – aluminum foil 0.5 mm, 
X-ray tube voltage – 59 kV, X-ray tube current – 
167 µA, rotation angle – 0.4°, the number of 
accumulations per point – 10). 
 
2) Then investigation of the zoomed-in piece 
of the central segment of the sample with resolution 
of 1 µm; the main exposure parameters: no filter, X-
ray tube voltage – 100 kV, X-ray tube current - 100 
µA, rotation angle – 0.3°, the number of 
accumulations per point – 15. 
3) Re-examination of changes in 
microstructure of the zoomed-in piece of the central 
segment of the sample was carried out after its 
saturation with the highly dispersed phase at 
resolution of 1 µm (the exposure parameters at this 
stage were identical to those for the previous 
experiment). 

 

 
Fig. 7. Microstructure of SiC monocrystal (a) including 
microstructure in the phase contrast mode (b), SEM 
 
The results of the first exposure stage lend credence 
to the view that the sample has the uniform 
structure, which is evidenced by the uniform density 
distribution (with resolution > 1 µm) indicated by 
distribution of light level. Study of the sample at the 
first stage (with resolution about 6 µm) allowed 
obtaining survey X-ray plain sections of the overall 
sample and revealing possible macroscopic defects. 
It was stated that there were no large defects, voids 
and inclusions in the bulk of the starting sample. 
At the second stage exposure was performed with 
resolution of 1 µm, making it possible to examine in 
more detail the structure of void space of the sample 
before filling of pores, visualize it and estimate its 
statistical characteristics. Figure 8 presents the X-ray 
plain sections of the sample. 
A local cubic region with the edge of 0.5 mm was 
used for calculation of the statistical characteristics, 
while a cube with the edge of 0.25 mm was used for 
development of the void space model in the bulk of 
the sample. To develop the model combining the 
void space model and the solid matrix of the sample, 
a cube with the edge of 0.125 mm was used. 
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Fig. 8. X-ray plain sections of the sample under study in 
three planes (total field of exposure is 4000 µm) 
 
The three-dimensional (3D) model (see Figure 9) 
was developed using mathematical analysis, where 
location of pores in a cube with the edge of 0.25 mm 
was indicated by grey color. 
 

 
Fig. 9. 3D model of the void space of the sample before 
pore filling with highly dispersed silicon carbide; a cube 
with the edge of 0.125 mm 

 
Fig. 10. 3D model of the void space of the sample after 
pore filling with highly dispersed silicon carbide; a cube 
with the edge of 0.125 mm 

 
Table 1 – Geometry features of the sample’s 
microstructure before and after partial filling of 
pores with superfine silicon carbide 

 

PARAMETER 
The value 

before pore 
filling 

The value 
after pore 

filling 
Volume within which 
the calculations were 
made, µm3 

125250000 127210000 

Total porosity, % 23.0070 15.6150 
Total volume of pores, 
µm3 28815000 19865000 

Open porosity, % 22.6260 13.7350 
Volume of open pores, 
µm3 28337810 17472600 

Surface area of open 
pores, µm2 18666900 13511400 

Closed porosity, % 0.4924 2.1801 
Volume of closed pores, 
µm3 477190 2392400 

Surface area of closed 
pores, µm2 624970 2216300 

Number of pores 
isolated from the sample 
surface 

13754 18012 

 
Similar exposure (resolution of 1 µm) was made at 
the third stage for the sample modified by highly 
dispersed silicon carbide. It allowed studying in 
more detail the void space structure of the sample, 
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visualize it and estimate its statistical characteristics 
after partial filling of pores. Figure 10 demonstrates 
the 3D model of the void space. 
Table 1 lists the statistical data for the void space of 
the sample under study before and after its 
modification by highly dispersed silicon carbide. 
Analysis of the obtained data and their comparison 
with open porosity values, determined by means of 
acetone impregnation method, suggest that both 
large pores (equal to or more than 1 µm in diameter), 
detectable by computerized X-ray tomography, and 
smaller pores were filled due to application of low-
viscous starting systems. 
 
Conclusion 
Good prospects of application of the hybrid method 
for synthesis of nanocrystalline silicon carbide were 
demonstrated. The method consists of the following 
steps: sol-gel hydrolysis of tetraethoxysilane in the 
presence of polymeric source of carbon to form gel; 
multistage drying; carbonization of the system at 
moderate temperatures with the formation of 
superfine, reactive and uniformly distributed “SiO2 – 
C” mixture; carbothermal synthesis for creation of 
the reinforcing matrix in the bulk of SiC ceramic 
material. 
It was shown that variation in the concentration of 
the hydrolysis catalyst (HCOOH) could result in the 
formation of slow-flowing gel (300 сP) for 37-46 
minutes. It should be noted that substantial change in 
the system viscosity, which can hamper 
impregnation during modification of a ceramic 
material, occurs during the last 7-9 minutes. For the 
first 30-37 minutes viscosity of the colloid system is 
close to the initial value; therefore, it can be used for 
filling of pores of the base material. 
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1 Introduction 

The vacuum infusion (VI) process [1] is a relatively 

cheap composite manufacturing process that is 

widely used for the manufacture of large-scale 

structures in a number of industries, in particular the 

aerospace, marine and wind turbine industries. Fig. 1 

describes schematically the vacuum infusion process 

and the typical make-up of the assembled stack. 

Once the vacuum bag is sealed, the resin inlet is 

sealed and the air is extracted by means of a vacuum 

pump.  This serves two purposes, firstly to compress 

the preform in order to achieve a part with a high 

fibre volume fraction and secondly to create a 

differential pressure to allow the infusion of the 

resin. 

 

From the resin inlet to the vacuum vent, the preform 

thickness and the compaction pressure are affected 

due to the flexible nature of the vacuum bag. The 

preform has to be infused completely before the 

resin cures. Therefore, the monitoring of the process 

is very important to ensure the quality of the final 

composite part.  

 

Analytical [2] and numerical [3] studies are 

extremely useful for understanding the entire 

manufacturing process and designing new products. 

Numerical simulations of resin infusion can assist in 

positioning the inlet and the vent, which is especially 

useful for large and complex parts. Various infusion 

strategies can be studied using a virtual model. This 

can reduce prototype testing and process set-up 

costs. Based on Darcy`s law, many mould filling 

codes such as LIMS [4], Polyworks and PAM-RTM 

[5] have been developed in order to optimise 

manufacturing processes. It is essential to know the 

principal permeability values to compute the filling 

times in a simulation. In addition to the permeability 

information, the cure and the viscosity data of the 

resin are needed for more realistic and accurate flow 

simulations. 

 

In this study, a vacuum infusion process monitoring 

methodology with thermocouples and the simulation 

of the vacuum infusion process were studied for an 

unsaturated polyester resin system. Experimental 

studies were performed to determine the resin and 

the preform related parameters for the flow 

simulations. The VARI module of the PAM-RTM 

simulation package was used to simulate the filling 

times. Finally, the vacuum infusion experiments 

were conducted to validate the simulations. 

 

2 Aims and Objectives 

The global aim of the vacuum infusion process 

monitoring and the process simulation is to assess 

the processability of novel fire resistant co-blended 

resin systems composed of unsaturated polyester and 

phenolic resins [6]. The present study aims to 

investigate the processability of an unsaturated 

polyester resin system (Crystic 701 resin and 1% 

Methylethylketone Peroxide catalyst) in the vacuum 

infusion process forming a basis for the 

processability of the novel resin systems for the 

global project. This study focused on a thorough 

investigation of the vacuum infusion process by 

exploring the process and the material (the fibre and 

the resin) related parameters. The objectives of this 

study can be divided into seven main categories and 

they are listed below. 

a- Monitoring of the vacuum infusion process 

incorporating thermocouples to monitor the fibre 

volume fraction, the flow rate, and the flow front 

advancement. 

b- Preform characterisation involving an in-plane 

permeability measurement method to determine the 
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effective permeability values and the compressibility 

curve.  

c- Cure kinetics study based on Differential 

Scanning Calorimetry (DSC) data. 

d- Cure modelling using the autocatalytic cure 

kinetics model. 

e- Cure simulation using the DSC study results, the 

cure model and the thermal properties of the 

materials. 

f- Flow simulation of the vacuum infusion process in 

PAM-RTM software using the preform and the resin 

data, and the boundary conditions. 

g- Validation of the flow simulation results with the 

experimental results. 

 

3 Process Monitoring Methodology 

The vacuum infusion process monitoring setup (Fig. 

2) included i) a vacuum infusion setup using a glass 

mould, ii) two high resolution cameras to monitor 

the flow front progression, iii) K type teflon 

insulated thermocouples to monitor the flow fronts 

inside the preform and measure the temperatures at 

various locations, iv) LVDTs to measure the 

thickness variations in different regions for the 

calculation of the fibre volume fractions, iv) a 

weighing scale to monitor the mass flow rate of 

resin, v) a vacuum pump with a pressure regulator, 

and vi) a National Instruments compact-rio as the 

data acqusition system and associated Labview 

software to record the data.  

 

During the experiments, the thermocouples 

demonstrated their ability to detect the flow front 

advancement without needing a temperature 

difference between the resin, the mould and the 

reinforcement. This methodology is explained in 

Section 6. The thermocouples were also informative 

on the exothermic reaction during curing (Fig. 18).  

 

4 Preform Characterisation 

Due to the flexible nature of the vacuum bag, there 

is no direct control over the thickness (or the fibre 

volume fraction) of the composite part in the 

vacuum infusion process. The compaction of the 

preform is dynamic and depends upon the 

compressibility and relaxation of the preform under 

pressure, and the interaction between the preform 

and the infusion liquid.  This is distinctly different 

from Resin Transfer Moulding (RTM) where 

thickness and fibre volume fraction can be 

controlled due to the rigid moulds. 

 

For the characterisation of the preform, composed of 

twelve layers of triaxial non-crimp e-glass fabric 

(Table 1), the compaction rig (Fig. 4) was designed 

by the authors. It composed of a square base mould 

and a flat top platen. The compaction plate (top 

platen) was able to slide in the mould with no 

resistance. This rig was constructed for two 

purposes, i) the preform compressibility analysis and 

ii) the channel flow in-plane permeability 

measurements. Corn oil was used in the permeability 

experiments. The results of the preform 

characterisation study were the inputs in the 

numerical flow simulations in Section 7. 

 

4.1 Compressibility 

The compaction behaviour of the multi-layer 

preform was experimentally characterised using the 

compaction rig on an Instron 5569 testing machine 

fitted with a 50 kN load cell in force control mode. 

The preform (20cm x 20cm) was compressed at the 

rate of 2mm/min. Once the pressure reached 100kPa, 

the load was maintained for 30 minutes and fabric 

relaxation occurred (Fig. 3). The equation in Fig. 3 

was obtained by plotting a power trendline up to the 

relaxation point.  

 

4.2 Permeability 

The in-plane (channel flow) unsaturated 

permeability measurements of the preform (15cm x 

5cm) were performed using the compaction rig (Fig. 

4) on an Instron 5569 testing machine. Instron 

machine provided precise top platen movement that 

controlled the fibre volume fraction accurately and 

precisely for the permeability measurements. 

Flexible closed-cell foam (dimensions of 19.5cm x 

19.5cm) with an opening area of 16cm x 5cm was 
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placed in the base mould and the preform was placed 

in the gap. The thickness of the twelve-layer preform 

was nearly 12 mm and the thickness of the foam was 

15 mm. The foam provided sealing while the 

preform was under compression. Due to the 

invisibility of the process, K type thermocouples 

(Fig. 4b) were used to monitor the flow front 

advancement in the rig. The principle of the 

thermocouple flow front monitoring methodology 

can be found in Section 6.  

 

Due to the inhomogeneity of the preform, the 

permeability measurements were conducted in three 

different directions, shown in Fig. 5. In the tests, the 

fibre volume fractions for each orientation were 0.4, 

0.48 and 0.6. The properties of the infusion liquid 

and the fabric used in the permeability 

measurements are given in Table 1. 

 

For the permeability measurements, a vacuum pump 

was connected to the vent and the inlet was blocked 

to obtain a pressure gradient in the mould and infuse 

the corn oil through the preform. The procedure of 

the permeability measurement is listed below. 

 

i) The preform was placed in the opening area of the 

foam, and the thermocouples were located inside the 

preform at the inlet and at the vent for the flow front 

monitoring. 

 

ii) The top platen was lowered to obtain the desired 

fibre volume fraction. The following equation was 

used for the fibre volume fraction calculations. 

   
   

  
                               (1) 

where    is the areal weight of the fabric,   is the 

number of fabric layers in the preform,   is the 

thickness and   is the density of the fibres. 

 

iii) Once the desired fibre volume fraction was 

achieved, the inlet was closed and the air was 

extracted with the help of the vacuum pump. 

 

iv) The inlet was opened and the corn oil was 

infused through the fabric with the aid of the 

pressure difference between the atmospheric and the 

vacuum pressures. The vent pressure was 0.2 bar. 

The atmospheric pressure was measured using a 

barometer. The flow was from the atmospheric 

pressure to the vacuum pressure in the mould. 

 

v) The corn oil flow front was monitored using the 

thermocouples inside the mould during the flow and 

the flow travel time was recorded.  

 

vi) The permeability was measured according to the 

(one-dimensional) equation [7] below. 

    
    

    
                           (2) 

where    is the pressure differential between the 

inlet and the flow front,   is the flow front position, 

  is the dynamic viscosity of the fluid,   is the 

porosity,   is the time. 

 

The approach presented by Gebart and Lidstrom [8] 

was used to determine the principal permeability 

values (Fig. 6) from the effective permeability 

values that were experimentally measured. Table 2 

presents the effective (K) and the principal 

permeability (K`) values and the orientation angles 

for each fibre volume fraction. 

 

As an example, Fig. 7 shows the filling time (Fig. 

7a) and the resin pressure distribution (Fig. 7b) in 

the rig during a permeability test for the 90˚ oriented 

sample (fibre volume fraction of 60%). The 

principal permeability values (K`90 in the flow 

direction and K`0 in widthwise), the infusion liquid, 

the fabric and the preform properties, and the 

boundary conditions were used to simulate the flow 

and the liquid pressure in the compaction rig. The 

preform was represented by solid elements and each 

layer was defined in the setup. 

 

5 Curing Analysis 

Crystic 701 [9] with a styrene content of 40-45% is a 

pre-accelerated, isophthalic polyester resin with low 

viscosity (1.6 poise) and controlled exotherm 

characteristics. The viscosity and exotherm 

characteristics of Crystic 701 make it particularly 

suitable for the manufacture of large structures in the 

vacuum infusion process. The recommended curing 

cycle of the laminates manufactured by Crystic 701 

is for 24 hours at room temperature, and followed by 

a post-cure for 16 hours at 40°C or 3 hours at 80°C. 

The manufacturer recommends using the catalyst 
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between 1% (slow curing) and 2% (fast curing) by 

weight. 1% content was chosen for this work to 

provide the longest curing time and, therefore, to 

increase the processing time of the resin. 

 

5.1 Cure Kinetics  

In order to improve the accuracy of the flow 

simulations (in Section 7) and to do more realistic 

comparisons with the vacuum infusion experiments, 

the cure kinetics of the resin system was studied. 

The results of this study were used in the cure 

simulation in Section 5.2 and in the flow simulations 

in Section 7. The cure kinetics study of the 

unsaturated polyester resin system was based on 

DSC analyses. The measurement of the heat evolved 

during the curing reaction was conducted by means 

of a TA Instruments DSC Q2000 apparatus. The 

DSC analyses provided the heat flow versus time 

and temperature data. To investigate the ultimate 

heat of the reaction (   ), the heat flow was 

measured for the heating ramps of 3°C, 5°C, 10°C 

and 20°C for the samples weighing 7mg (±0.1) until 

250°C. The information obtained from the dynamic 

runs did not depend on the heating rate, so an 

average result of 256 J/g was defined as the ultimate 

heat of reaction. Also, the isothermal tests were 

performed at the temperatures of 30°C, 40°C, 50°C, 

60°C, 70°C and 80°C for the samples weighing 7mg 

(±0.1). The details of the calculations can be found 

in references [10] and [11].  
 

The conversion profiles for each isothermal test are 

shown in Fig. 8. As expected, the ultimate overall 

conversion increased with temperature. A graph of 

experimentally determined values of       versus 

temperature (T) is shown in Fig. 9. The ratio of 

      rose with temperature and was approximated 

by a piece-wise linear function of temperature as 

expressed by Eq. 3. The evolution of       was 

linear with the temperature until 50°C and almost 

levelled off after 50°C. 

 

  

  
 {
       ( )                
                                           

}       (3) 

 

As a result of the cure kinetics study, the 

autocatalytic equation (Eq. 4) represented the curing 

of the unsaturated polyester resin system with the 

reaction orders of 0.43 and 3.87 for m and n, 

respectively. These were the inputs coupled with the 

thermal properties (Table 3) of the constituent 

materials for the cure simulation. 

 
  

  
 (          (

      

      
))    (   )        (4) 

 

here, 109098 (1/min) is the pre-exponential factor, 

40730 (J/mol) is the activation energy, 8.31 (J/mol 

K) is the universal gas constant,   is the 

temperature, and       is the rate of degree of cure.  

 

5.2 Cure Simulation 

The initial 24 hours curing stage was simulated in 

the curing module of PAM-RTM and compared with 

the DSC cure data in Fig. 10. In the simulations, the 

twelve-layer preform was represented by solid 

elements. One more layer was extruded around the 

solid mesh to represent the vacuum bag. The results 

of the cure kinetics study, the properties of the 

preform (density, areal weight, fibre volume 

fraction, and thickness), the vacuum bag, the mould 

and the resin were the inputs in the simulation. Fig. 

11 shows the cure simulation results at randomly 

chosen times. 
 

In the cure simulations, the role of       and the 

material properties in the thermal phenomena are 

represented by the following equation: 

 

   
  

  
       ⃗      ⃗⃗  {    }      

  

  
   (5) 

                                 

here,   is the temperature,   is the time,   is the 

density,    is the specific heat,   is the heat 

conduction coefficient tensor,    is the total 

enthalpy of the polymerisation of the resin,   is the 

resin cure, and   represents the resin. 

 

The differences between the DSC cure data and the 

simulation result can be attributed to the small 

quantity of resin used in the DSC test for the 

experimental cure analysis, but the cure simulation 

involved the resin and the reinforcement properties 

in the vacuum infusion process. The final cure 

results were close to each other, and the beginning 

of the cure simulation up to 3 hours was important 
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for the flow simulations. Normally, one can expect a 

very high exothermic temperature during the curing 

reaction of a thermoset resin system, but there was 

~3˚C increase in the temperature data (Fig. 18) in the 

vacuum infusion experiment due to the interaction of 

the resin with the preform on a large surface area. 

 

5.3 Viscosity Analysis 

The viscosity (measured by ICI viscometer) change 

over time was compared with a typical infusion time 

for a twelve-layer preform without using an infusion 

mesh (Fig. 12). The preform specification was same 

as the preform used in Section 6. The infusion mesh 

and the peel ply (Fig. 1) were not incorporated in the 

process to identify the maximum possible processing 

time for the resin. It can be seen that the viscosity 

was 0.19 Pa*s in the beginning and it was 0.26 Pa*s 

at the end of the filling. The infusion was completed 

just before the significant jump in the viscosity data. 

 

6 Thermocouple Monitoring Methodology 

Fig. 13 presents a twelve-layer fabric preform 

(length of 45cm and width of 15cm) infusion case 

study (vacuum pressure of 0.5 bar) without an 

infusion mesh. In this experiment, the preform 

consisted of alternate 0˚ and 90˚ orientation fabrics 

(Fig. 5) to obtain a more homogeneous structure. 

This structure was used to obtain an infusible 

preform for the flow front monitoring because other 

tests indicated that an entirely 90˚ oriented preform 

did not completely infuse (Fig. 20). 

 
In order to monitor the flow fronts inside the 

laminate, seven thermocouples were located 

between the fourth and the fifth layers equally 

spaced, and a second set of seven thermocouples 

were located between the eight and the ninth layers. 

The measurements were performed without a 

temperature difference between the resin and the 

mould. Typical flow front data is shown in Fig. 14. 

The thermocouple readings were almost identical 

with the camera recordings indicative of a uniform 

through thickness flow from inlet to vent. The data, 

plotted in Fig. 15, clearly shows the uniformity of 

the flow front through the thickness.  

 

The experimental flow front locations detected by 

means of the cameras at three randomly chosen 

times can be seen in Fig. 13. The top and the bottom 

flow front locations for the three cases were 

identical. 

 

The response of the thermocouple sensing method 

was tested out of the mould in order to understand 

the interaction between the thermocouple and the 

liquid without a temperature difference at room 

temperature (Fig. 16). Two thermocouples, 

connected to a National Instruments Compact-Rio, 

were used in the test. One thermocouple was 

inserted through a small hole of a closed transparent 

container to isolate it and avoid its interaction with 

the surrounding air circulation in order to resemble 

the sealing of the thermocouples in the glass preform 

in the vacuum infusion process. The second 

thermocuple was out of the container, and measuring 

the ambient temperaure.  

 

The results presented in Fig. 17 demonstrate a clear 

temperature variation from the ambient temperature 

recording, while the temperature was relatively 

steady for the thermocouple recording within the 

pot. The pot, the liquid and the thermocouples were 

at room temperature before the test, and the 

conditions were the same during the test. The test 

procedure was: i) keeping one thermocouple out of 

the liquid but other one (case-1 in Fig. 16)  in the pot 

and allowing the temperature data to reach a steady 

state in the container for ~90 seconds, and ii) 

dipping the thermocouple into corn oil manually 

(case-2 in Fig. 16). Once the thermocouple was 

dipped into the liquid a sudden drop occurred (Fig. 

17). This behaviour was similar to the thermocouple 

flow front sensing in the vacuum infusion process, 

therefore providing evidence of the thermocouple 

acting as a flow front sensor. 

 

The thermocouples were also informative on the 

exothermic reaction during the curing stage. Fig. 18, 

which is one thermcouple`s full range of data from 

Fig. 14, shows the complete temperature data up to 

21 hours after infusion. The resin reaches the 

maximum temperature after approximately 5 hours. 

 

The change in thickness and the flow versus time 

data until the end of the filling are presented in Fig. 

19. It can be seen that the thickness was higher at the 

vent and lower at the inlet region, and the flow rate 

was in a decreasing trend.  
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7 Flow Simulations 

The inputs in the PAM-RTM simulation software 

were i) the preform characterisation data (the 

equations representing the principal permeability 

curves in Fig. 6, and the compressibility curve in 

Fig. 3), ii) the cure equation (Eq. 4), the enthalpy of 

the resin, and the viscosity data (Fig. 12), iii) the 

material properties (Table 3), and iv) the boundary 

conditions (inlet and vent pressures). A shell 

element (flow length of 45cm and width of 15cm) 

represented the preform in the simulations (Fig. 21 

and Fig. 22).  

 

In the simulations, the principal permeability 

directions were also defined. K`90 was in the flow 

direction and K`0 was in the width direction for the 

90˚ sample. These orientations were vice-versa for 

the 0˚ orientation sample. 

 

In order to validate the numerical flow simulations, 

vacuum infusion experiments (with 0.5 bar vacuum 

pressure) with Crystic 701 resin were performed for 

two different samples (flow length of 45cm and 

width of 15cm). The first sample incorporated all the 

fabric layers in 0˚ orientation, whereas all the layers 

were in 90˚ orientation for the second sample (Fig. 

5). The infusion result of the homogeneous preform 

was also included in Fig. 20 for a comparison with 

others. The total experimental filling time was 

nearly 11000 seconds for the homogeneous sample; 

it was nearly 4500 seconds for the 0˚ sample. The 

impregnation time was the longest (~13500 seconds) 

for 90˚ sample. Due to the resin gelation in ~13000 

seconds (from Fig. 12), the resin flow stopped after 

nearly 75% flow front advancement for the 90˚ 

sample. The flow fronts were uniform for both 0˚ 

and 90˚ infusion cases and similar to the 

homogeneous sample used in Section 6.  

 

The trend of the numerical and the experimental 

curves were similar to each other (Fig. 20). Similar 

to the experimental flow for the 90˚ sample, the flow 

front simulation stopped after 80% impregnation of 

the preform in ~13500 seconds (Fig. 21a). From 

here, the importance of using the curing behaviour 

of the resin system in the simulation can be seen.  

 

The resin pressure and the fibre volume fraction 

distribution along the flow length of the preform can 

be seen in Fig. 22. The fibre content was around 

50% at the vent and it was around 42% at the inlet 

after the completion of the infusion. 

 

8 Discussion 

The resin, the preform and the vacuum infusion 

process related parameters were studied to inform 

the vacuum infusion simulations. The VARI module 

in PAM-RTM was used and the preform was 

represented by shell elements. The principal 

permeability equations, the compaction equation of 

the preform, the resin cure and viscosity data and the 

material properties were the inputs in the 

simulations. The simulation results were in good 

agreement with the vacuum infusion experiments. 

   

A flow front monitoring method using cost-effective 

thermocouples was presented, which did not require 

a temperature difference between the resin and the 

mould. This method provided a three-dimensional 

flow front profile at room temperature. This method 

validated the uniform flow front from inlet to vent 

through the samples used in this study. A 

thermocouple-dipping test was conducted to validate 

the flow front detection behaviour of the 

thermocouples in the infusion process.  

 

Preform characterisation was studied to determine 

the compressibility equation of the preform and the 

permeability values. The measured permeability 

values were converted to the principal permeability 

values which were involved in the simulations. The 

viscosity measurement and the cure kinetics of the 

resin system were needed for more accurate and 

realistic flow simulations. The cure kinetics study 

was based on the DSC analyses and the autocatalytic 

empirical model represented the cure behaviour of 

the resin system. Due to the shorter filling time in 

the 0˚ orientation sample, the cure and the viscosity 

data were not effective. However, they were very 

effective in the 90˚ orientation sample due to the 

longer filling time.  

 

Normally, the infusion mesh decreases the infusion 

time by providing z-directional flow during the 

infusion process. In this study, it was not 

incorporated in the experiments to assess the 

maximum possible processability time of the resin. 

Elimination of the infusion mesh resulted in a 
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uniform and two-dimensional flow front from inlet 

to vent. This uniform flow front was simulated using 

shell elements in VARI module of PAM-RTM.  

 

The infusion experiments were performed for two 

different types of preforms. All of the fabric layers 

were in 0˚ orientation in the first sample and all of 

the fabric layers were in 90˚ orientation in the 

second sample (Fig. 5). The main reason behind the 

significant difference in the filling times was the 

inhomogeneity of the triaxial non-crimp glass fabric. 

The perpendicular coarse bundles (in 90˚ orientation 

sample) to the flow direction reduced the speed of 

the flow front. However, the coarse bundles were 

parallel to the flow front for the 0˚ oriented sample. 

This parallel arrangement of the fibres resulted in 

long flow channels for the resin from inlet to vent, 

which increased the speed of the flow. Due to the 

longer infusion time for the 90˚ orientation sample, 

the resin cured before reaching the vent. This 

resulted in a 25% unimpregnated region, which was 

20% in the simulation. 

 

9 Conclusions 

As a result of this study, the good agreement 

between the simulation and the experimental results 

indicates that the approach in this study can be used 

for the flow and the cure simulations of alternative 

resins such as the novel blended fire resistant resin 

systems in the vacuum infusion process for the 

global project or any other thermoset resin systems. 

For the novel resin systems, the cure kinetics and the 

viscosity modelling are needed as the inputs in the 

numerical simulations. The main challenge in the 

cure simulations is the requirement of the complex 

cure cycles of the blended resin systems varying 

from 24 to 42 hours (up to the temperature of 

180˚C). Also, the embedded cure monitoring 

methods such as thermocouples should be 

incorporated in the experiments for the validation of 

the cure simulations.  
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Table 1: Properties of the materials 

FABRIC DeVold 800-E10-H 
Architecture Triaxial, Non-crimp 
Type E glass 
Nom. superficial density  829 ± 3 % (g/m2) 
Nominal construction 0°/+45°/-45° 
INFUSION LIQUID Corn oil 
Density 0.925 g/cm3 
Viscosity 0.066 Pa*s (@25°C) 

 

 

 

Table 2: Permeability and orientation angle results 

Vf 

Effective 

 (10
-11 

m
2
) 

Principal 

(10
-11 

m
2
) 

O
ri

en
ta

ti
o

n
 

an
g

le
 (

˚)
 

K0 K45 K90 K`0 K`90 

0.60 2.37 1.98 1.48 2.41 1.47 9.2 

0.48 3.24 2.76 2.26 3.25 2.25 5.4 

0.40 6.96 5.06 3.35 7.13 3.31 3.4 

                               

 

 

 

 

                  

Table 3: Thermal properties of the materials 

Materials 
Density 

(kg/m
3
) 

Specific 

heat 

(J/kg K) 

Thermal 

Conductivity 

(W/m K) 
Resin [9] 1080 2300 0.2 
E-glass 

preform [12] 
2580 1300 1.04 

UP/ glass fibre 

Composite 

[13] 
1690 1160 0.27 

Vacuum bag 

Mould 

356 

2692 

1256 

917 

0.069 

216.3 
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Fig. 1: Vacuum infusion setup 
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Fig. 2: Vacuum infusion process monitoring methodology 
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Fig. 3: Compaction and relaxation behaviour of the 

preform in force control mode 
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a) Side view 
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b) Top view of the base mould 

Fig. 4: Preform compaction and permeability 

measurement test rig  

 

 

 

Fig. 5: Fabric orientations for the permeability 

measurements 

 

 

Fig. 6: Principal permeability values 

 

 

 

 
 

a) Filling time (second)          b) Pressure distribution (Pa) 

Fig. 7: Mould filling during a permeability test  
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Fig. 8: Conversion profiles as a function of time at 

different isothermal temperatures  

 

 

Fig. 9: HT/HU versus isothermal temperature 

 

 

 

 

 
Fig. 10: Cure and viscosity analysis of Crystic 701 resin 

with 1% MEKP content at room temperature for 24 hours 

 

 

 

 

 
Fig. 11: Cure simulations of the Crystic 701 resin in the 

vacuum infusion process shown at randomly chosen times 

 

 
Fig. 12: Comparison of infusion and viscosity data 

 

 

 

 
         a) 1150 s               b) 3600 s                c) 8820 s 

Fig 13: Unsaturated polyester resin flow front progression  
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Fig. 14: Resin flow front advancement results measured 

by thermocouples 

 

 
Fig. 15: Through-thickness flow front advancement 
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Fig. 16: Thermocouple flow detection phenomena test 

procedure 

 

 

 

 
Fig. 17: Thermocouple dipping test at room temperature 

 

 
Fig. 18: Exothermic reaction monitoring during the curing 

stage 

 

 

 
Fig. 19: Thickness and flow rate monitoring results 
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Fig. 20: Flow front advancement monitoring data 

 

 

                      a) 90˚                                   b) 0˚ 

Fig. 21: Simulation results 

 

 

 

 

             a) Pressure            b) Fibre volume fraction 

Fig. 22: Resin pressure and fibre volume fraction 

distribution 
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1 Introduction  

During the last half decade, graphene, one of the 

most promising materials at nanoscale, has 

stimulated extensive scientific interests all over the 

world. With the extraordinary properties, such as 

high electrical conductivity (7200S/m2) [2], thermal 

conductivity (about 5000W/mk) [3], surface area 

(2630m2/g) [4] and tensile strength (130GPa) [5], 

this single-layer carbon material is regarded as a 

significant substitute in fabrication of transistors, 

integrated circuits, solar cells, chemical sensors and 

others. Its exceptional properties make this two-

dimensional carbon material a promising substitute 

for other carbon-based materials, such as carbon 

black, expanded graphite and carbon nanotube, as 

filler for polymer nanocomposites. And much 

attention has been paid to synthesize modified 

graphene or graphene based nanocomposites. As 

previous studies have proven, graphene can enhance 

electronic and electromagnetic properties of polymer 

matrix composites more effectively than other 

carbon fillers [6]. 

In our recent work, we synthesized nanocomposites 

of cobalt nanoparticles decorated on reduced 

graphene oxide (Co-RGO), endowing graphene with 

soft magnetism. And we studied electromagnetic 

properties of polymer matrix composites filled with 

Co-RGO. Interestingly, complex permeability and 

complex permittivity of graphene based composites 

vary in different way as a function of cobalt 

nanoparticles on graphene sheets. 

2 Experimental 

2.1 Raw materials 

Graphite powder with particle size of 20μm (99 wt%) 

was purchased from Sinopharm Chemical Reagent 

Co., Ltd. Potassium permanganate, potassium nitrate, 

sulfuric acid (98 wt%), hydrogen peroxide (30 wt%), 

sodium hypophosphite, palladium dichloride, 

hydrochloric acid (37 wt%) and ammonia solution 

(25 wt%) were provided by Beijing Chemical Works. 

Cobalt sulphate, sodium citrate and stannous 

chloride anhydrous were provided by Xilong 

Chemical Co., Ltd. All the reagents whose purity 

levels were analytical grade were used as received 

without any further purification. And epoxy resin 

(E-51) with its curing agent was purchased from 

Guangzhou Epos Trading Development Co., Ltd. 

2.2 Preparation of GO 

Modified Hummers’ method was employed to 

produce graphite oxide from natural graphite powder 

which was oxidized by potassium nitrate and 

potassium permanganate, at the presence of sulfuric 

acid [7]. Graphite oxide was prepared from graphite 

powder by the modified Hummers method using 

strong oxidants, KNO3 and KMnO4, in the presence 

of sulfuric acid. And then graphite oxide was 

dispersed in distilled water by ultrasonic exfoliation 

to produce graphene oxide (GO). 

In a typical experiment, 69 mL sulfuric acid together 

with 1.5g graphite and 1.5g sodium nitrate was first 

added into a beaker treated with water bath at 40 ℃. 

9 g potassium permanganate was then slowly 

introduced into the mixture while stirred by a 

magnetic stir bar. After reaction for 6h, 120 mL 

deionized water was added to the mixture and the 

temperature was subsequently at 60 ℃ for 30 

minutes for further oxidation. Afterwards, the 

reaction mixture was diluted with 300 mL deionized 

water. H2O2 (30 wt % in water, 4 mL) was then 

added to remove residual potassium permanganate. 

The obtained suspension was intensively washed 

with deionized water by centrifugation and then 

followed by vacuum drying (80 ℃) to obtain 

graphite oxide powder. Finally, the as-synthesized 

GO powder was dispersed in the deionized water 
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forming 100 mL GO suspension (1 mg mL-1), which 

was treated in an ultrasonic cleaner for 1 h, followed 

by high-speed centrifugation (3000 rpm, 10 min) to 

remove impurities, and then a dark brown GO 

solution was obtained.  

Our previous work indicated that slightly raising 

reaction temperature and extending reaction time on 

a controllable condition lead to a complete oxidation. 

After oxidation, graphite oxide was exfoliated to GO 

via sonication in water. [8]. 

2.3 Synthesis of Co-RGO 

Co-RGO was synthesized by a multi-step electroless 

deposition process as previously reported [8]. In a 

typical experiment, 50 ml GO solution was mixed 

with 7.5 g stannous chloride anhydrous and 10 ml 

hydrochloric acid (37 wt%), forming a 250 ml 

yellow colloidal solution and then became black 

after ultrasonication for 60 min. Redundant Sn2+ in 

solution should be removed by filtration. After 

filtration, mix 0.15 g palladium dichloride and 20 ml 

hydrochloric acid (37 wt%) with the black solid to 

form a 250 ml solution. Keep the above solution 

under ultrasonication for another 60 min so that 

absorbed Sn2+ ions reacted with Pd2+ on the surface 

of RGO to produce the intermediate, Pd-RGO. 

Finally, Pd-RGO was added into the 100 ml solution 

of cobalt sulfate (0.015mol/L) with sodium citrate 

(0.035 mol/L), sodium hypophosphite (0.1 mol/L) 

and ammonia (0.15mol/L) to complete the 

deposition of CoNPs. Pretreatment and deposition 

process were carried out in water bath at 70 ℃ and 

both the intermediate and final product were washed 

with deionized water and then dried at 80 ℃. By 

varying the initial concentration of cobalt sulfate 

solution proportionally we can alter the content of 

cobalt in Co-RGO nanocomposites 

2.4 Preparation of Co-RGO/ Epoxy composites 

In a typical preparation process of composites, same 

loading amount (1wt%) of nanofillers (MWCNTs, 

RGO and Co-RGO with different content of cobalt) 

were weighed and added into acetone. After that the 

suspension was under ultrasonication for 1 hour, 

then resin E-51 was added into the suspension under 

ultrasonication for another hour. After THF was 

evaporated out, the mixture blended with curing 

agent was poured into mould and cured at 70 oC for 

1 hour and 120 oC for 2 hours. Pure epoxy resin 

sample was prepared as the control for 

electromagnetic parameters test. 

 2.5 Instruments and Measurements 

X-ray diffraction (XRD) analysis was conducted 

with a Rigaku D/max-rB diffractometer using Cu Kα 

radiation. Transmission electron microscopy (TEM) 

was performed with a FEI Tecnai G2 F20 

microscope equipped with an energy dispersive X-

ray (EDX) spectrometer to perform element analysis. 

Atomic force microscopy (AFM) images were 

obtained by a Multimode Nano4 in tapping mode. 

Raman spectra were recorded on a LabRam HR800 

micro-Raman spectrometer with 514 nm laser 

excitation. Complex relative permeability and 

relative permittivity of different graphene/ epoxy 

composites are tested in the frequency range of 

8.2~12.4GHz and 12.4~18.0 GHz by 8722ES vector 

network analyzer. 

3 Results and Discussion  

Graphite powder, the raw material, has a layered 

structure as seen in Fig.1a. After oxidation, the as-

prepared graphite oxide maintains similar layered 

structure. However, in contrast to pristine graphite, 

layered GO sheets in graphite oxide are heavily 

oxygenated, manifesting reduced size and damaged 

layers (Fig. 1b). On the basis of our previous studies 

on GO, ultrasonication under certain condition 

would result in complete exfoliation of graphite 

oxide into mono-layered GO. Because of the 

presence of hydrophilic groups such as hydroxyl, 

epoxy, and carboxyl groups on the surface of GO 

sheets. A mild ultrasonic treatment of graphite oxide 

in THF results in its exfoliation to form stable 

dispersions that consist almost entirely of 1-nm-

thick sheets, as determined by AFM (Fig.2). Given 

the uniformity of the observed thicknesses, we 

believe that these represent the thickness of most 

exfoliated GO sheets. 

Raman spectroscopy is widely used to characterize 

carbon-based materials especially graphene [9-11]. 

The two characteristic features are the G band at 

1589 cm-1 and D band at 1350 cm-1. The D band is 

ascribed to edges, other defects, and disordered 

carbon, while the G band arises from the zone center 

E2g mode, corresponding to ordered sp2-bonded 

carbon atoms [10]. The ratio of the intensity of the D 

(ID) to that of G (IG) band, ID/IG, is a measure of the 

degree of disorder and the average size of sp2 
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domain. It is found that the ID/IG ratio in graphite 

oxide (0.842) is much greater than that in graphite 

(0.245). This increased ratio suggests that the 

oxidation process results in a higher level of disorder 

of the graphene layers and an increased number of 

defects. Besides, a 5 cm-1 shift toward a higher 

wavenumber and a broadened bandwidth of the G-

band are found in graphite oxide compared with 

graphite, indicating a decrease in the in-plane size of 

graphene during oxidation, Those phenomena are 

both consistent with the results of some previous 

reports [11]. Hence, the oxidation of graphite is 

successful as expected.    

In our protocol, it is hydrogen atoms that actually 

gave their electrons to both metal ions and some 

oxygen containing groups remained in RGO. In 

other words, Co2+ ions were reduced around Pd 

seeds, the very catalytic centers help to produce 

hydrogen atoms. In this way, Co could nucleate and 

grow upon RGO sheets [8]. The morphology of Co-

RGO was observed using TEM. In Fig. 4, Co 

nanoparticles without conglomeration appear as dark 

dots dispersing homogenously on translucent 

graphene sheets and no free particles outside are 

observed. Results of article size analysis tell that the 

average diameters of nanoparticles are 12.4, 20.7 

and 30.5 nm for Co-RGO*1, Co-RGO*2 and Co-

RGO*5, respectively. It should be noted that the 

nanoparticles appear denser and larger as the initial 

amount of cobalt precursor. The related EDX 

spectrum of Co-RGO samples (Fig. 5) reveals that C, 

O, Co, Pd could be detected and a minority of Sn 

remains adsorbed in the sample because of the 

extremely high surface area of graphene. 

Complex permittivity and permeability (εr and μr) of 

materials are related to energy storage and dielectric 

loss and dissipation of the electromagnetic energy. 

They play a key role in MA performance. In order to 

evaluate how the added Co-RGO would influence 

electromagnetic properties of epoxy composites, 

complex permittivity and permeability of Co-

RGO/epoxy at a loading of 1 wt% were measured 

and are shown in Fig. 6 and 7, respectively. The real 

part of permittivity of Co-RGO/epoxy composites 

declines obviously when compared with that of 

RGO/ epoxy composites. The imaginary part of 

permittivity of Co-RGO/epoxy fluctuates in an 

irregular way. However, in Fig. 7 the real part of 

permeability of all composites samples slightly 

increases with the frequency. Meanwhile the 

imaginary part of permeability Co-RGO/epoxy 

composites is higher than that of RGO/ epoxy 

composites in the measured frequency range 

indicating that Co-RGO could improve magnetic 

loss of graphene based composites. 

Moreover, the reflection loss of pure resin, 

CNTs/epoxy, RGO/epoxy, Co-RGO*1/epoxy, Co-

RGO*2/epoxy and Co-RGO*5/epoxy composites 

with different nanofillers at loading of 1wt% are 

calculated. The reflection loss of a MA layer is 

estimated by following equations [12-13] 

      (1) 

     (2) 

Where Zin is the normalized input impedance, c is 

the velocity of electromagnetic waves in free space, 

f is the frequency of electromagnetic wave, and d is 

the thickness of absorber whose value is fixed to 2.0 

mm for calculation. Therefore, microwave 

propagation within electromagnetic media is largely 

determined by  and  of the absorbing materials. 

The as-calculated results are shown in Fig.8. 

As shown in Fig. 8, Co-RGO/epoxy composites, 

especially Co-RGO*2/epoxy and Co-RGO*5/epoxy, 

manifest superior microwave absorbing (MA) 

performance than the composites filled with other 

nanomaterials. As expected, the MA performance of 

Co-RGO/epoxy composites shows a dependence on 

the loading of cobalt: Co-RGO*5/epoxy, with the 

largest amount of Co added, gives the maximum 

values of absorption. Although the minor values for 

reflection loss are not acceptable in practical 

application, the improved reflection loss, up to 200-

300% that of RGO/epoxy, should also be 

emphasized. The improvement should be primarily 

attributed to two reasons: on one hand, the substrates 

for cobalt nanoparticles, RGO sheets, generate 

electrical loss build a conductive network in epoxy 

resin; on the other, the added Co improves magnetic 

properties thus further leading to an increase in 

magnetic loss. Furthermore, the interaction among 

metal, graphene and polymer would introduce 

numerous interfaces in the composites which 

promote polarization, multiple scattering and 

reflection and finally generate more dielectric loss. 

Accordingly, Co-RGO nanocomposites hold great 

potential in MA application. 

4 Conclusions 
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Adding graphene decorated with cobalt 

nanoparticles in polymer can enhance both dielectric 

and magnetic properties of polymer matrix 

composites at the same time. Complex permeability 

and complex permittivity of Co-RGO/epoxy 

composites vary differently in 8-18 GHz. And the 

values for reflection loss of Co-RGO/epoxy 

composites are improved significantly, owing to the 

added Co and the interaction among metal, graphene 

and polymer matrix. 
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Fig.1. SEM images of graphite (a) and graphite 

oxide (b) 
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Fig. 2. Typical AFM image of GO exfoliated in 

aqueous solution 

 

 

 Fig. 3. Raman spectra of graphite (a) and graphite 

oxide (b) 
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Fig.4. Typical TEM images of GO(a), Co-RGO*1(b), Co-RGO*2(c) and Co-RGO*5(d) 
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Fig. 5. EDX spectrum of Co-RGO 

 

Fig. 6. Behavior of real and imaginary part of 

complex permittivity of different graphene/epoxy 

composites within frequency range of 8-18 GHz 

 

 

Fig. 7. Behavior of real and imaginary part of 

magnetic permeability of different graphene/epoxy 

composites within frequency range of 8-18 GHz 
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Fig. 8. Reflection loss curves for composite samples filled with different nanofillers at the loading of 1 wt% 
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1 Introduction  

In Liquid Composites Moulding (LCM) processes, 

the impregnation of textile reinforcements with 

liquid resin systems is frequently described by the 

model of a viscous liquid flowing through a porous 

medium, characterised by its porosity and 

permeability. Determination of the textile 

permeability is a prerequisite for optimisation of the 

process parameters for production of composite 

components applying LCM-technology, in particular 

location of injection gates and vents in the mould to 

achieve complete impregnation of the reinforcement, 

and for prediction of the mould fill time.  

A recent international benchmark exercise [1], 

which gave an overview of methods for permeability 

measurement in practical use and the range of results 

obtained implementing these methods, indicated that 

measured in-plane permeability values for woven 

reinforcement fabrics can show a scatter of one 

order of magnitude at any given fibre volume 

fraction. The ratio of the principal permeability 

values can vary by factors of up to 2. This variability 

makes resin flow during reinforcement impregnation 

hard to predict, and uncontrollable flow may 

eventually result in defect formation. 

While the tested fabric specimens had identical 

nominal properties, it was suspected that, in addition 

to potential error sources related to measurement set-

up and execution of experiments, the observed 

variability can be explained by the different history 

of different material batches and its influence on the 

fabric structure. It can be speculated that variations 

in the structure of tested fabrics may be operator-

induced during specimen preparation (cutting, 

stacking) or result from effects of gravity and 

handling during storage and transport. 

Since shear, the mechanics of which was discussed 

in detail by Behre [2] and Skelton [3], is the main 

deformation mechanism of woven fabrics [4], the 

effect of specimen history on the fabric structure can 

be represented by repeated defined shear 

deformation. While the permeability of woven 

fabrics sheared to given fibre angles was studied 

before, e.g. by Hammami et al. [5], Smith et al. [6], 

Lai and Young [7] and Bickerton et al. [8], this 

study aims at characterising the residual effect of 

specimen shear history on the fabric structure 

(illustrated schematically in Fig. 1, and sometimes 

referred to as “mechanical fabric conditioning” [9]) 

and describing how the potential change in inter-

yarn gap width in a single fabric layer with 

unconstrained thickness transfers into a change in 

permeability in a multi-layer lay-up at given levels 

of through-thickness compaction. 

 

2 Fabric Geometry Analysis 

2.1 Method 

To simulate the effect of the material history for 

different fabrics, single-layer fabric specimens with 

unconstrained thickness were sheared to given 

angles and sheared back to a 0/90 configuration. A 

shear frame was used, where rectangular specimens 

with dimensions 500 mm × 280 mm were clamped 

along the edges parallel to either the fabric warp or 

weft direction. Analysis of photographs of the fabric 

surface, acquired after completion of each shear 

cycle (i.e. sheared back to a 0/90 configuration), 

allowed yarn spacing, sy, and yarn width, wy, to be 

measured in 2D projection. The width of inter-yarn 

gaps, wg, can then be identified as the difference of 

sy and wy. Potential changes in yarn thickness related 

to changes in yarn width were not quantified here. 

EFFECT OF SPECIMEN HISTORY ON MEASURED IN-PLANE 
PERMEABILITY OF FABRICS 
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Starting from the initial unsheared configuration, the 

shear angle was increased in steps of 5. The 

specimens were sheared alternately in both possible 

directions, indicated as “+” and “-”. For example, a 

specimen characterised by a shear history with a 

maximum shear angle of +10 would have 

undergone shear to the following angles: 0, +5, -

5, +10. 

 

2.2 Results 

For specimens of two 2×2 twill weave carbon fibre 

fabrics (nominal superficial densities S0 = 660 g/m
2
 

and S0 = 285 g/m
2
, Fig. 2), yarn widths, wy, 

measured for unsheared specimens and a maximum 

shear angel of -40 are listed in Table 1. Average 

inter-yarn gap widths, wg, after undergoing different 

shear operations are plotted in Figs. 3 and 4. 

For interpretation of the results, several caveats are 

to be considered. Although, for each fabric, all 

specimens are from the same batch (same roll) of 

material, every “unsheared” specimen has 

undergone its own specific history before the 

experiment, which may result in different initial 

configurations. The effect of shear on the fabric 

structure may vary depending on the alignment of 

the fabric specimens in the shear frame, which may 

not be perfect, and there may be some slack the in 

fabric affecting tension in the yarns when sheared. In 

addition, the accuracy of shear angle adjustment is 

limited. Finally, evaluation of images of the 

specimen surface may introduce uncertainty. Blurred 

images explain the outliers in Fig. 4.  

Despite these uncertainties, the following trends can 

be derived from the acquired data. Figure 3 indicates 

that, prior to any shear operation, no gaps exist 

between parallel fibre bundles in the fabric with S0 = 

660 g/m
2
, and there is no significant difference in 

widths of warp- and weft-yarns (Table 1). After 

undergoing shear operations, there are only small 

changes in yarn width for small maximum angles in 

the shear history. For maximum angles in the shear 

history greater than approximately 20, which 

coincides with the observed onset of wrinkling in the 

fabric, the increase in gap width (i.e. decrease in 

yarn width) becomes stronger. This trend is stronger 

when the fabric is clamped along the warp direction 

than when clamped along the weft direction. In this 

case, the weft-yarns seem to get slightly wider at 

small maximum angles resulting in a negative gap 

width, which means partial overlap of adjacent 

bundles (Note: the yarn width is measured at 

approximately the widest point). The difference 

between the initial and final yarn width (maximum 

shear angle -40) is approximately identical in both 

fabric directions.  

In the fabric with S0 = 285 g/m
2
 (Fig. 4), gaps exist 

between parallel fibre bundles prior to any shear 

operation. These initial gaps are significantly wider 

between weft-yarns than between warp-yarns, which 

is related to a significant difference in yarn width 

(warp-yarns are wider than weft-yarns) as indicated 

in Table 1. After undergoing shear operations, the 

gap widths increase approximately linearly with 

increasing maximum angle in shear history (i.e. the 

yarn widths decrease). There appears to be a trend 

for the gap widths to increase more strongly when 

the fabric is clamped along the weft-direction than 

when clamped along the warp-direction, which may 

be related to different yarn mobility in the different 

fabric directions. Since this trend is weak, it will be 

ignored here. The increase in gap width is more 

significant between warp-yarns than between weft-

yarns, i.e. the reduction in yarn width is stronger for 

warp-yarns, which are initially wider than weft-

yarns. 

 

3 Shear Resistance Measurement 

3.1 Method 

To understand the fabric mechanics leading to the 

observed changes in the fabric structure, picture 

frame shear tests [4] were carried out on an Instron 

5969 testing machine. A 5 kN load cell was used. 

The cross-head speed was set to 20 mm/min. 

Deviating from the normal procedure for picture 

frame shear tests, rectangular fabric specimens were 

clamped along either the fabric warp or weft 

direction to be consistent with the procedure in 

Section 2. Here, the dimensions of the specimens 

were 200 mm × 100 mm. The difference in specimen 

area compared to Section 2 affects the absolute 

values of shear resistance, but not the fabric 

behaviour at different shear angles. Conversion of 

the cross-head displacement on the testing machine 

to fabric shear angles allowed the same shear cycles 

as in Section 2 to be reproduced.  
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3.2 Results 

For the fabrics in Fig. 2, shear angle and shear force 

were calculated from the recorded cross-head 

displacement and the force applied to the picture 

frame [4]. Typical results for all shear cycles are 

plotted in Fig. 5 (for clarity, only the loading phase 

of each shear cycle is plotted, the unloading phase is 

omitted). For evaluation of the data, the same 

caveats as in Section 2 apply. Of particular concern 

is the accuracy of specimen alignment in the picture 

frame. Even slight misalignment may result in 

asymmetry of the curves (in Fig. 5, for S0 = 660 

g/m
2
) due to an offset in shear angle and tension 

induced in the fibres. 

For the fabric with S0 = 660 g/m
2
, detailed analysis 

of the data plotted in Fig. 5 suggest that, for shear 

cycles with maximum shear angles of up to 

approximately 20, the shear force as a function of 

the shear angle follows approximately the same trace 

in each cycle. If the maximum angle is greater than 

approximately 20, the absolute value of the shear 

force in each cycle is smaller than in previous cycles 

(in the range of shear angles smaller than the 

maximum angles in previous cycles). Increasingly 

more additional force is required in the range of 

shear angles greater than the maximum angles in 

previous cycles. 

For the fabric with S0 = 285 g/m
2
, the absolute value 

of the shear force in each cycle is smaller than in 

previous cycles. The difference appears to increase 

with increasing maximum shear angle. The 

additional force required in the range of shear angles 

greater than the maximum angles in previous cycles 

appears to drop off with increasing maximum angle.  

 

4 In-Plane Permeability Measurement 

4.1 Method 

For the 2×2 twill weave carbon fibre fabric with S0 = 

660 g/m
2
, the in-plane permeability was 

characterised experimentally in unsaturated flow 

experiments (with radial injection geometry) at 

constant injection pressure. Synthetic oil with given 

viscosity-temperature characteristics was used as a 

test fluid.  

At a cavity height of 2 mm, specimens consisted of 3 

fabric layers, corresponding to a fibre volume 

fraction Vf = 0.56. All layers had the same 

orientation. Specimens were prepared by shearing 

each fabric layer individually following the 

procedure described in Section 2.1. Shear angles 

were increased in steps of 5 (alternating in “+” and 

“-” direction) until the target maximum angle was 

reached. Areas which may have been damaged by 

clamping of the fabric in the shear frame were cut 

off from the originally rectangular layers. Square 

specimens with dimensions 280 mm × 280 mm were 

used for the injection experiments. 

For the fabric with S0 = 285 g/m
2
, the permeability 

was measured in a previous series of experiments 

[10] for 9 layers at a cavity height of 3.5 mm, 

corresponding to Vf = 0.40. So far, the permeability 

was only determined for unsheared specimens. 

 

4.2 Results 

For the fabric with S0 = 660 g/m
2
, results for the 

measured in-plane permeability of specimens with 

different history are listed in Table 2. For both 

clamping configurations, the principal in-plane 

permeability values, K1 and K2, increase 

approximately linearly with increasing maximum 

shear angle. The increase tends to be slightly 

stronger for specimens clamped along the warp 

direction than for those clamped along the weft 

direction. There is no clear trend for the ratio K1/K2 

to change. The ratio of the semi-major and semi-

minor axes of the flow front ellipse in radial flow, 

R1/R2, which is equal to the square root of the ratio 

K1/K2, is approximately constant at a value of 1.2. 

This implies that the flow front shape is similar to a 

circle, and the direction of the principal flow 

direction is sensitive to small changes in fabric 

structure. This is reflected in the observed changes 

in the angle . 

For the fabric with S0 = 285 g/m
2
, the measured 

permeability is given in Table 3. Here, the 

orientation of the principal flow direction coincides 

with the weft-direction, because the gap width 

between weft-yarns tends to be significantly higher 

than the gap width between warp-yarns (Fig. 4). 

 

5 In-Plane Resin Flow Simulation 

5.1 Method 

Based on the data in Table 1, Fig. 3, and additional 

3D geometry data for unsheared specimens acquired 

using micro-Computed Tomography (-CT), 

geometrical models of 3 layers of the fabric with S0 
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= 660 g/m
2
 at a cavity height of 2 mm 

(corresponding to the experiments described in 

Section 4) were generated using the software 

TexGen [11]. The dimensions of the models were 

chosen such that at least one complete fabric unit 

cell (4 × 4 yarns) was included in each layer. For 

relative positioning of the layers, two cases, zero 

nesting and random nesting, were considered. 

In a first step, the geometrical model of the 

unsheared fabric was generated. To avoid yarn 

intersections at cross-over points, realistic yarn paths 

were defined and yarn cross-sectional geometries 

were adapted locally. Then, observed changes in 

yarn widths due to the fabric shear history were 

introduced successively by manual adjustment of the 

model geometries. The simplifying assumption was 

made that the yarn width in a lay-up at given level of 

compaction is the same as the width in a single 

fabric layer with unconstrained thickness, i.e. 

potential flattening and widening of the yarns due to 

through-thickness compression was ignored here 

(Fig. 6). 

The geometrical models were used to generate flow 

domains for Computational Fluid Dynamics (CFD) 

simulations containing yarns and the surrounding 

empty spaces in the tool cavity. The flow domains 

were meshed with uniform hexahedral (brick 

shaped) voxels with appropriate size for 

representation of geometrical detail. The 

permeabilities of yarns, which can be estimated 

based on the models proposed by Gebart [12], are 

typically small compared to the overall 

permeabilities of the fabric stacks. Thus, the yarns 

can be assumed to be impermeable in order to 

reduce the computational cost for CFD simulations. 

Steady-state flow through the pore spaces was 

simulated using the commercial CFD code Ansys 

CFX
TM

. Translational periodic boundary conditions 

were set on opposite faces of the textile unit cell 

domain in weft and warp direction to represent a 

continuous reinforcement. A flow-driving pressure 

drop was applied in either warp or weft direction. 

Non-slip wall boundary conditions were specified at 

the top and bottom faces of the domain to simulate 

flow along the mould surfaces during in-plane fabric 

impregnation. From the applied pressure gradients 

along different fabric directions and the calculated 

average flow velocities, in-plane permeabilities were 

determined. In a first step, the mesh sensitivity of the 

predicted permeabilities was assessed. Based on the 

results, the number of voxels for the entire flow 

domain was chosen as 150 × 150 × 90 (warp × weft 

× thickness) to obtain a reasonable balance between 

computation time and accuracy for all following 

simulations. 

The same procedure was applied to modelling flow 

through 9 layers of the fabric with S0 = 285 g/m
2
 at a 

cavity height of 3.5 mm. A mesh with 150 × 150 × 

270 hexahedral voxels was used for the flow 

simulations, for which convergence of the results 

was found. As for the other fabric, cases with zero 

nesting and random nesting were simulated. 

 
5.2 Results 

Examples for geometrical models of unsheared 

fabric (S0 = 660 g/m
2
) with zero nesting and random 

nesting are shown in Fig. 7. In the models, weft-

yarns are oriented along the x-direction, warp-yarns 

are oriented along the y-direction.  

Results for the permeabilities in both fabric 

directions, derived from the results of CFD 

simulations, are listed in Table 4. The data indicate 

that, in addition to the effect of nesting, which was 

discussed by Hoes et al. [13], the fabric history has a 

significant effect on the permeability. Calculated 

permeabilities are higher for random nesting than for 

zero nesting, reflecting different geometries of flow 

channels forming in the lay-up. The permeability in 

weft direction, Kx, is consistently higher than the 

permeability in warp direction, Ky. The ratio Kx/Ky 

tends to be higher for zero nesting than for random 

nesting. With increasing maximum angle in the 

shear history, Kx and Ky increase since the inter-yarn 

gap width increases as illustrated in Fig. 3. 

For the fabric with S0 = 285 g/m
2
, permeabilities in 

both fabric directions, derived from the CFD 

simulations, are listed in Table 5. Due to lack of 

experimental data for comparison, only results for 

the unsheared fabric and a shear history with a 

maximum shear angle of -40 are listed here. After 

undergoing the shear operations, the permeability in 

both fabric directions is higher than for the 

unsheared fabric, since the inter-yarn gap widths 

increase as illustrated in Fig. 4. The permeability in 

weft direction is consistently higher than the 

permeability in warp direction. The ratio of 

permeability values in the different fabric directions 

tends to be higher for zero nesting than for random 

nesting. It is smaller for the fabric that has 
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undergone the shear operations than for the 

unsheared fabric. 

 

6 Discussion 

For the fabric with S0 = 660 g/m
2
, parallel yarns are 

in contact with each other if previously unsheared 

(Fig. 2), suggesting that lateral yarn compression is 

the main deformation mechanism in fabric shear. 

The average yarn width in the fabric decreases with 

increasing maximum angle in the shear history, and 

the gap width increases accordingly. The residual 

effect of shear on the gap width is small for small 

maximum shear angles, more significant for shear 

angles greater than the angle for onset of fabric 

wrinkling at approximately 20 (Fig 3).  

These geometrical observations correlate well with 

the measured shear resistance data (Fig. 5), which 

suggest that lateral yarn compression is almost 

“elastic” for shear angles up to approximately 20 

and relatively small shear forces. For greater shear 

angles, reduced force in each shear cycle compared 

to the previous one (in the range of angles reached in 

previous cycles) suggests that, in each cycle, the 

fabric loses part of its shear resistance due to 

“plastic” yarn deformation. With increasing shear 

angle (beyond angles reached in previous cycles), 

increasingly more force is required due to stiffening 

of the yarns in lateral compression with increasing 

density of filament packing (and increasing yarn 

thickness) at reduced yarn width. 

For the fabric with S0 = 285 g/m
2
, geometrical 

considerations, based on values for wy and sy 

determined in Section 2, indicate that, independent 

of the clamping configuration, adjacent weft yarns 

are in contact if the shear angle is greater than 

approximately 34, adjacent warp yarns are in 

contact if the shear angle is greater than 

approximately 25. While there is no lateral yarn 

compression for shear angles smaller than 25, the 

observed linear reduction in yarn width with 

increasing maximum shear angle (Fig. 4) is related 

to friction in yarn cross-over points and constraints 

on rotational yarn movement imposed by crimp as 

discussed by Nguyen et al. [14]. 

The linear reduction in yarn width correlates with 

the measured shear resistance data (Fig. 5), which 

indicate that the absolute value of the shear force in 

each cycle is smaller than in previous cycles. This 

suggests that, in each shear cycle, the fabric loses 

part of its shear resistance due to “plastic” yarn 

deformation. The additional force required for fabric 

shear in the range of angles greater than the 

maximum angles in previous shear cycles appears to 

drop off with increasing maximum angle, suggesting 

that, in the range of angles discussed here, reduction 

of the yarn width is not sufficient to result in 

stiffening in lateral compression. 

This difference in behaviour compared to the fabric 

with S0 = 660 g/m
2
 is related to the yarn cross-

sectional shape and filament count. As illustrated in 

Fig. 2 and Table 1, yarn widths in both fabrics are 

similar. However, in the fabric with higher S0 and cf 

= 12K, the yarns have greater thickness due to 

constraints on the maximum yarn width. This lateral 

pre-compression is thought to result in higher 

resistance to permanent filament reordering in the 

yarns. On the other hand, in the fabric with lower S0 

and cf = 6K, yarns are flatter and, due to lack of 

constraints on the cross-sectional dimensions, are 

thought to be more susceptible to filament 

reordering. Hence, the yarns deform more easily in 

fabric shear. 

For the fabric with S0 = 660 g/m
2
, a shear history 

with a maximum angle of -40 resulted in a 

reduction in yarn width by 9 % or 10 % (Table 1) 

and the corresponding opening up of inter-yarn gaps. 

For the same shear history, an increase in 

permeabilities by a factor of approximately 1.8 

(clamped along warp) or 1.7 (clamped along weft) 

was observed experimentally. This indicates a 

correlation between changes in the fabric structure 

and measured permeability values at different shear 

histories.  

Measured (Table 2) and predicted (Table 4) 

permeability values are compared in Fig. 8, where 

Kx is assumed to correspond to K1, Ky to K2. This 

ignores changes in the orientation of the principal 

flow directions, which is sensitive to small changes 

in the fabric structure since the fabric properties are 

similar in both fabric directions. For the unsheared 

fabric and the fabric with a shear history with a 

maximum angle of -20, predicted permeability 

values are similar to measured values. A further 

increase in the maximum angle in shear history 

results in an increasing difference between measured 

and predicted permeabilities, where the predictions 

overestimate the experimental data by significant 

margins. This difference suggests that the reduction 
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in yarn width (and potential increase in yarn 

thickness) caused by shear in fabric layers with 

unconstrained thickness is partially reversed by yarn 

flattening and widening in through-thickness 

compression of fabric layers when stacked in the 

cavity during fluid injection, which is not considered 

in the computational model (Fig. 6). However, the 

increase in inter-yarn gap width induced in the 

uncompressed fabric layers is at least partially 

conserved. The accuracy of simulation-based 

permeability predictions for specimens with large 

maximum angles in the shear histories is expected to 

improve when the simplified geometrical yarn 

models in Fig. 6 are updated with more accurate 3D 

data, which can be acquired employing -CT to 

allow the effect of yarn flattening and widening for 

compressed stacks of fabric layers to be quantified. 

For the fabric with S0 = 285 g/m
2
, the accuracy of 

permeability predictions based on flow simulations 

for the unsheared fabric improved compared to 

previous simulations [10], because more accurate 

geometry data were available. A shear history with a 

maximum angle of -40 resulted in an increase in 

inter-yarn gap width in the order of 80 % (between 

warp-yarns) and 30 % (between weft-yarns), 

respectively. This significant increase in gap width 

in a single layer transferred into an increase in 

predicted permeability of a fabric lay-up. After 

undergoing the shear operations, the permeability is 

less anisotropic than in the unsheared fabric, because 

the difference in gap widths in both fabric directions 

is reduced (Fig. 4). However, the predicted change 

in permeability caused by the shear history is 

significantly smaller than for the fabric with S0 = 

660 g/m
2
, because the relative change in inter-yarn 

gap widths is smaller (Figs. 3 and 4). As for the 

other fabric, yarn flattening and widening in 

through-thickness compression is expected to 

reverse partially the increase in permeability caused 

by the fabric shear history. More experimental and 

numerical data will be generated for this fabric to 

complete this study. 

 

7 Conclusions 

For two different 2×2 twill weave carbon fibre 

fabrics, the effect of specimen history was simulated 

by repeated defined shear deformation. For single 

layers with unconstrained thickness, quantitative 

evaluation of photographic image data of the fabric 

surface in 0/90 configuration indicated that the 

inter-yarn gap width increases with increasing 

maximum angle in the specimen shear history. 

Picture frame shear tests indicated different shear 

behaviour for different fabrics, which have different 

dominating yarn deformation mechanisms. This is 

related to different dependencies of the residual 

inter-yarn gap width on the shear history.   

Experimentally determined permeability values for 

multi-layer fabric stacks at given levels of through-

thickness compaction increased with increasing 

maximum angle in the specimen shear history. For 

the example discussed here, an increase in 

permeability by up to 80 % was observed.  

CFD analyses of resin flow were found to predict 

experimental permeability data with reasonable 

accuracy if accurate geometry data are available. 

Comparison of predicted and measured permeability 

data for different fabric shear history implied that 

through-thickness compression of the fabric in the 

cavity partially reverses the increase in inter-yarn 

gap width induced in the uncompressed fabric 

layers. 

 

 

 

 

 
 

Fig. 1. Residual effect of specimen shear history on fabric structure. 
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Fig. 2. Surfaces of two different 2×2 twill weave fabrics, both unsheared; left: superficial density S0 = 660 g/m
2
, 

yarn filament count cf = 12K; right: S0 = 285 g/m
2
, cf = 6K. 

 

 

Table 1. Width of yarns, wy, for specimens of two different 2×2 twill weave fabrics, unsheared and after 

undergoing shear to a maximum angle of -40, characterised by the superficial densities, S0; relative changes in 

yarn width, wy/wy, are also given. 

 

fabric 

S0 / g/m
2
 

clamped 

along 

wy / mm (warp) 
wy / wy 

wy / mm (weft) 
wy / wy 

unsheared max. -40 unsheared max. -40 

660 warp 2.534  0.079 2.309  0.070 -9 % 2.501  0.065 2.262  0.065 -10 % 

 weft 2.595  0.096 2.344  0.076 -10 % 2.459  0.098 2.242  0.115 - 9 % 

285 warp 2.640  0.147 2.403  0.173 -9 % 2.412  0.188 2.268  0.255 -6 % 

 weft 2.620  0.156 2.415  0.106 -8 % 2.433  0.237 2.306  0.168 -5 % 

 

 

 
 

Fig. 3. Average width of inter-yarn gaps, wg, for a specimen of a 2×2 twill weave fabric (S0 = 660 g/m
2
) after 

undergoing different shear operations; diamond symbols: gap width between warp-yarns; square symbols: gap 

width between weft-yarns. 

 

+5 -5 

+40 

-40 

-20 +20 

clamped along warp direction 

+5 
-5 

+40 

-40 

-20 

+20 

clamped along weft direction 
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Fig. 4. Average width of inter-yarn gaps, wg, for a specimen of a 2×2 twill weave fabric (S0 = 285 g/m
2
) after 

undergoing different shear operations; diamond symbols: gap width between warp-yarns; square symbols: gap 

width between weft-yarns. 

 

 

 
 

Fig. 5. Typical results of picture frame shear tests: shear force as a function of the shear angle for all shear 

cycles; for clarity, only the loading phase of each shear cycle is plotted; both data sets were measured for 

specimens clamped along the fabric warp direction. 

 

 

 

 

 

 

 

 

 

 

 

+5 

-5 

+40 -40 

-20 +20 

clamped along warp direction 

+5 -5 

+40 
-40 

-20 
+20 

clamped along weft direction 

2×2 twill weave fabric  

(S0 = 660 g/m
2
) 

2×2 twill weave fabric  

(S0 = 285 g/m
2
) 
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Table 2. Measured principal permeability values, K1 and K2, angle  indicating the orientation of K1 relative to 

the fabric weft direction, and ratio, K1/K2, for a 2×2 twill weave fabric (S0 = 660 g/m
2
) at a given fibre volume 

fraction, Vf  = 0.56. 

 

history K1 / 10
-10

 m
2
 K2 / 10

-10
 m

2
  K1 / K2 

unsheared 0.513  0.102 

( 20 %) 

0.354  0.070 

( 20 %) 

-39  15 1.457  0.179 

( 12 %) 

sheared, clamped weft, 

max. -20 

0.732  0.198 

( 27 %) 

0.490  0.050 

( 10 %) 

-32  30 1.535  0.596 

( 39 %) 

sheared, clamped weft, 

max. -40 

0.864  0.041 

( 5 %) 

0.589  0.016 

( 3 %) 

85  29 1.468  0.098 

( 7 %) 

sheared, clamped warp, 

max. +10 

0.693  0.239 

( 34 %) 

0.387  0.073 

( 19 %) 

109  23 1.756  0.362 

( 21 %) 

sheared, clamped warp, 

max. -40 

0.947  0.208 

( 22 %) 

0.652  0.038 

( 6 %) 

118  17 1.444  0.234 

( 16 %) 

 

 

Table 3. Measured principal permeability values, K1 and K2, angle  indicating the orientation of K1 relative to 

the fabric weft direction, and ratio, K1/K2, for a 2×2 twill weave fabric (S0 = 285 g/m
2
) at a given fibre volume 

fraction, Vf  = 0.40. 

 

history K1 / 10
-10

 m
2
 K2 / 10

-10
 m

2
  K1 / K2 

unsheared 3.645  0.438 

( 12 %) 

2.237  0.248 

( 11 %) 

1  14 1.650  0.289 

( 18 %) 

 

 

 
 

 
 

Fig. 6. Typical cross-sections of yarns in a 2×2 twill weave fabric with S0 = 660 g/m
2
 in geometrical models for 

resin flow simulations; x, y and z are co-ordinates relative to the centroid of the cross-sections; top: weft-

yarn; bottom: warp-yarn. 

 

 

unsheared max. -20 max. -30 max. -40 
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Fig. 7. Geometrical models of unsheared lay-up for 2×2 twill weave fabric with S0 = 660 g/m
2
 (3 layers, 2 mm 

total thickness); top: zero nesting; bottom: random nesting. 

 

 

Table 4. Predicted permeability values, Kx and Ky, corresponding to the directions indicated in Fig. 7, and ratio 

Kx/Ky, for specimens of 2×2 twill weave fabric with S0 = 660 g/m
2
 with different shear history and different 

nesting configuration; fibre volume fraction Vf = 0.56. 

 

history nesting Ky / 10
-10

 m
2
 Kx / 10

-10
 m

2
 Kx / Ky 

unsheared 
zero 0.405 0.530 1.309 

random 0.550 0.670 1.218 

sheared, clamped weft, 

max. -20 

zero 0.419 0.600 1.432 

random 0.639 0.846 1.324 

sheared, clamped weft, 

max. -30 

zero 0.504 0.860 1.706 

random 0.742 1.060 1.429 

sheared, clamped weft, 

max. -40 

zero 1.050 1.640 1.562 

random 1.490 1.880 1.262 

 

 

x / mm 

y / mm 

z / mm 

0.00 
0.00 

2.00 

0.00 

9.92 

9.72 

x / mm 

y / mm 

z / mm 

0.00 
0.00 

2.00 

0.00 

9.92 

9.72 
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Fig. 8. Comparison of measured and predicted permeability values, K1 and K2, for a 2×2 twill weave fabric with 

S0 = 660 g/m
2
, fibre volume fraction Vf = 0.56; diamond symbols: simulation, zero nesting; square symbols: 

simulation, random nesting; triangular symbols: experiment. 

 

 

Table 5. Predicted permeability values, Kwarp and Kweft, and ratio Kweft/Kwarp, for specimens of 2×2 twill weave 

fabric with S0 = 285 g/m
2
 with different shear history and different nesting configuration; fibre volume fraction 

Vf = 0.40. 

 

history nesting Kwarp / 10
-10

 m
2
 Kweft / 10

-10
 m

2
 Kweft / Kwarp 

unsheared 
zero 2.20 4.08 1.86 

random 2.38 3.37 1.41 

sheared, clamped warp, 

max. -40 

zero 3.69 5.33 1.44 

random 4.34 5.07 1.17 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  

With the increasing demand for composites and 

economic pressure for preserving competitiveness in 

today’s global market, it is no longer possible to rely 

on hand lay-up techniques in composite 

manufacturing [1]. Automation is a necessary step 

since it improves reliability, consistency and reduces 

material wastage [2-4]. 

 

 

Fig. 1: Twin-headed AFP machine in action at the 

UK’s National Composites Centre [5] 

 

Automated Fibre Placement (AFP) is one of the 

main technologies suitable for manufacturing simple 

to complex laminated composite structures including 

doubly-curved regions [6-8]. It consists in laying 

down, onto the surface of a mould or substrate, 

multiple layers of narrow tapes simultaneously 

during each sequence (also referred to as course). 

These slit tapes are fed through a fibre delivery 

system into a poly-articulated fibre-placement head 

where they are collimated, see Fig. 1. The number of 

collimated tapes depends on the width requirements 

and on the complexity of the part geometry to be 

manufactured.  

For example, one of the AFP machines available at 

the UK’s National Composites Centre (NCC) in Fig. 

1 can deliver up to 8 slit tapes (6.35 mm wide each) 

per head in the same sequence. This number can be 

reduced depending on the local complexity of the 

part geometry. Each tape is dispersed at its own 

speed up to 0.8 m/s, allowing the creation of fibre-

steered laminates. It can be cut on-the-fly then 

restarted independently from the others. Tape 

placement accuracy ranges from 0.1 to 0.5 mm [9].  

 

 
Fig. 2: Schematic illustration of the NCC AFP head 

 

To consolidate the prepreg, remove surface 

irregularities and reduce the amount of entrapped air 

between the deposited plies, an elastomeric 

compaction roller is used, see Fig. 2. Uniform 

compaction is essential for producing high quality 

parts. On some AFP machines, adaptive rollers have 

been proposed [10,11], the goal being to further 

minimise vacuum debulking operations which 
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detrimentally affect productivity. AFP machines can 

apply a load in a range of 10–400 lb (45–1,800 N) 

during the process [12]. 

In practice, a heat source is used ahead of the 

compaction roller to enhance material tack and 

formability before compressing the tapes, see Fig. 2. 

This is crucial for preventing material separation 

from the mould or substrate and avoiding defect 

formation. Laser heaters [13], infrared heaters [14] 

and hot gas torches [15] are the most common 

heating tools currently used on AFP machine heads. 

Campbell has reported that modern tape-laying 

heads use a hot-air heating system for pre-heating 

the tape at a temperature ranging from 80 to 110°F 

(25–45°C) [12]. Obviously, the ideal layup 

temperature depends upon the prepreg material used 

[16,17]. For a typical highly toughened carbon fibre-

reinforced epoxy prepreg, Calawa and Nancarrow 

have reported that 35C is the ideal layup 

temperature [18]. 

Today, automated ply deposition strategies are 

defined empirically. This process is labour-intensive 

and therefore expensive. Extensive research is 

underway at the NCC to further improve 

productivity while offsetting initial capital 

expenditure in AFP equipment, the goal being to 

open up AFP to new market opportunities and 

applications in aerospace, automotive, renewable 

energy and consumer goods. To better understand 

the behaviour of the slit tapes during AFP and 

therefore anticipate on layup possibilities whilst 

optimising paths, it is necessary to have recourse to 

numerical simulations such as finite element (FE) 

analyses.  

Recently, Lukaszewicz and Potter [19] have 

proposed an approach for modelling isothermal 

compaction of a thermoset prepreg during automated 

tape laying (ATL). The material was modelled as an 

homogeneous elasto-plastic material. Viscous effects 

were neglected because of the short compactions 

times (below 0.1 s) to which the uncured prepreg is 

typically subjected. 

In this paper, the heat source ahead of the 

compaction roller in Fig. 2 is ignored and the AFP 

process is assumed isothermal throughout with a 

prepreg at 20, 30 or 40°C. The different block of 

materials involved, i.e. the compaction roller and the 

uncured prepreg material, are experimentally 

characterised prior to simulating. Preliminary 2D FE 

analyses are then proposed to simulate the process. 

To account for lateral contact between adjacent 

tapes, 3D analyses are subsequently performed. It is 

demonstrated that 2D models can provide reasonable 

results but only under restrictive conditions. With 

the 3D model, it is revealed that slit tapes exhibit 

lateral elastic ‘bumps’ at the actual position of the 

roller that prevent tape/tape gaps from closing. 

 

2. Material characterisation 

2.1. Compression roller  

The compaction roller under consideration in this 

study is cylindrical (outer diameter: 70 mm, width: 

60 mm, bearing diameter: 30 mm). Made from 

polyurethane (PU) foam, the core is protected on its 

outer surface by a layer 0.5 mm thick made of 

perfluoroalkoxy (PFA), see Fig. 3a. The latter is 

aimed at reducing friction when the roller interacts 

with any surface. 

 

 
(a)   (b) 

Fig. 3: (a) Roller testing configuration and (b) 

corresponding FE model 

 

Since the properties of each block of material were 

unknown, an engineering material characterisation 

was undertaken. It consisted in homogenising the 

whole roller (PU and PFA) as an effective linear 

elastic isotropic material. To get the required 

properties, i.e.    and   , the roller was loaded in 

compression between two rigid plates using a 10 kN 

displacement-controlled servo-electric universal test 

frame machine. The experimental load-displacement 

curve was then plotted and compared to that 

produced from simulating using the 2D FE model in 

Fig. 3b produced in Abaqus/Standard (version 6.11). 

For symmetry reasons, only a quarter-geometry was 

modelled and, therefore, symmetry boundary 
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conditions were used where appropriate. The 

deformable part of the roller was meshed with 360 

4-noded fully integrated elements of type CPE4 

having a plane strain formulation. A quarter of the 

metallic bearing was modelled using 15 2-noded 

rigid elements of type R2D2 as an inner circular 

surface. The latter was connected to the surrounding 

flexible part of the roller using tie constraints. One 

2-noded rigid element of type R2D2 was used to 

model the upper rigid surface of the test machine in 

contact with the upper surface of the roller. Contact 

interactions were modelled using a penalty contact 

algorithm defined with a zero Coulomb friction 

coefficient. 

 

 
Fig. 4: Load-displacement response of the roller 

under through-thickness compression. 

 

After iterating on the effective properties,     3 

MPa and     0.1 were found to be the most 

suitable pair for fitting the experimental curve as 

shown in Fig. 4. It is important to mention that 

friction at the roller/rigid plate interface was 

assessed by increasing progressively the Coulomb 

friction coefficient up to 0.2. No significant effect 

was found on the FE curve in Fig. 4 and, 

consequently, frictionless contact conditions were 

assumed in all the subsequent simulations. 

 

2.2. Uncured carbon/epoxy prepreg 

According to Lukaszewicz and Potter [19], uncured 

carbon/epoxy prepregs can be modelled as 

orthotropic elasto-plastic materials when through-

thickness compaction times are short (below 0.1 s). 

To model the elastic regime of deformation, it is 

necessary to determine the 6 usual engineering 

constants: the Young’s moduli,   ,    and   , 

Poisson’s ratio’s,    ,     and    , and shear moduli, 

   ,     and    . Since slit tapes can be assumed as 

transversely isotropic:      ,        ,     
   , and        (     )⁄ . For temperatures 

below 60°C, typical prepregs remain in a rubbery 

state [20]. They can therefore be considered as 

incompressible materials [21]. This leads to having 

        and            ⁄    and, 

therefore, the engineering constants to be determined 

experimentally are only   ,    and    . 

To model anisotropic yielding, Hill’s criterion is 

used: 

  (       )
   (       )

   

   (       )
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It requires only 6 anisotropic parameters, namely  , 

 ,  ,  ,   and  , which are defined according to 

the anisotropic yield stress ratios     as: 
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 are the measured tensile 

and shear yield strength values when     and     are 

applied respectively.   
 

 is the user-defined 

reference yield stress specified for the plasticity 

definition. In the present case,   
 
    

 
 and 

therefore        
 

  
 

⁄   . 

As shown later in Fig. 6, unidirectional prepregs 

under through-thickness compaction exhibit 

strengthening. To capture this behaviour, Ludwik’s 

phenomenological equation can be used [19]: 

      
     (3) 

where   is the true stress at some plastic strain    , 

   is the initial material yield stress, and   and   

are material-dependent coefficients. 

The following sub-sections present the experimental 

tests reported in [22] for determining the required 

material properties:   ,    and    . Details of these 

tests along with the corresponding results are 

recalled below for completeness. 
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2.2.1. In-plane tensile tests (  ) 

Several slit tapes were laterally collimated then cut 

to give a sample 520 mm long and 75 mm wide. 

Composite endtabs 60 mm long were bonded to the 

ends using localised heating for 20 min at 180C, 

giving a gauge length of 400 mm. The endtabs were 

then wrapped with emery cloth to increase friction 

and avoid slippage when mounted in mechanical 

grips. A 27 kN servo-hydraulic machine was used to 

test the samples in pure tension at a controlled load 

rate of 100 N/s. Strain was recorded using digital 

image correlation on a spray paint speckle pattern 

applied onto the gauge region. After calibrating, 5 

samples were tested up to failure at room 

temperature. In the end, an average tensile Young’s 

modulus,     83 MPa (CV = 10.6 %) and an 

average tensile strength,    
 

  648 MPa (CV = 9.9 

%) were obtained. 

2.2.2. Off-axis tensile test (   ) 
According to Potter [23], uncured prepregs deform 

as if they were in pure shear loading when the fibre 

direction is at 15 from the tensile testing direction. 

Therefore, similar samples to those introduced in 

sub-section 2.2.1 were manufactured but with this 

off-axis fibre direction. Their dimensions were 

however different to accommodate different grips 60 

mm long. Samples 50 mm wide and 420 mm long 

were prepared with a 300 m gauge length onto 

which a spray paint speckle pattern was also applied. 

Controlled displacements at 1 mm/min were used to 

test 5 samples up to failure at room temperature. 

This gave an average shear modulus,      156 

MPa (CV = 9.4 %) and an average shear strength, 

   
 

  6.3 MPa (CV = 3.3 %). 

2.2.3. Through-thickness compressive tests (  ) 

For small strains, the prepreg’s through-thickness 

response is dominated by the resin’s properties 

whose response is temperature, time and load 

dependent. In this exercise, samples 100 mm long, 

60 mm wide and 8 plies thick (2.264 mm) were 

prepared. A micrometer was used to determine the 

samples’ thicknesses whilst length and width were 

measured using a caliper. It is important to note that 

the samples were pressed under vacuum at room 

temperature for 1 hour prior to testing. The test setup 

was made of two heated flat plates in contact with 

the sample via layers of release film to help 

eliminate friction, see Fig. 5. The latter enabled free 

in-plane expansion of the prepreg. 

 

 
Fig. 5: Experimental test setup 

 

 
Fig. 6: Stress-strain curve fitting using Ludwik’s 

equation during plastic deformation of the uncured 

prepreg at various temperatures [19,22]. 

 

With an accuracy of 1C, 8 samples were tested at 

20, 30 or 40C each. Load control at 10 kN/min was 

applied up to 15 kN. By using the relative thickness 

change of the sample with respect to its initial 

thickness, engineering strains were calculated for 

each sample after unloading the samples. This was 

replicated after 12 hours to verify that no further 

relaxation had occurred. It is important to note that 

the applied compressive stress was calculated by 

using the final samples’ dimensions. Through-

thickness modulus,   , was calculated by dividing 

the applied stress and the engineering through-

thickness strain. In the end, the average    value at 

20, 30 and 40C were found to be 50.05, 28.86 MPa 

and 11.86 MPa respectively. From data fitting in 

Fig. 6, the yield strength values were estimated to 

be: 0.06 MPa at 20C, and 0.006 MPa at 30 and 

40C. It is important to note that all these material 

property values were measured from samples 8-ply 

and not 1-ply thick. Therefore, although these values 
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may be different for single ply samples, they were 

used as such in this study. 

2.2.4. Summary of the experimental results  

Table 1 recapitulates all the prepreg’s elastic 

properties identified from material characterisation. 

Results at room temperature were assumed to be at 

20°C. Constant longitudinal Young’s modulus,   , 

and in-plane shear modulus,    , were assumed 

regardless of the temperature. These properties were 

not expected to significantly affect the results. Table 

2 summarises the plastic properties identified from 

data fitting in Fig. 6. 

 

Temp. 
   

[MPa] 
   

[MPa] 
    
[-] 

    
[-] 

    
[MPa] 

    
[MPa] 

20C 83,000 50.05 0.5 ~1 156 12.51 

30C 83,000 28.86 0.5 ~1 156 7.21 

40C 83,000 11.86 0.5 ~1 156 2.84 

Table 1: Uncured prepreg elastic properties at 

various temperatures. Subscripts ‘ ’ and ‘ ’ denote 

longitudinal and transverse directions respectively. 

 

Temp. 
  

[MPa] 
  
[-] 

   
[MPa] 

20C 800 1.56 0.06 

30C 490 1.59 0.006 

40C 202 1.5 0.006 

Table 2: Uncured prepreg plastic properties at 

various temperatures. 

 

                        

10,800 1 1 182 182 1 

Table 3: Anisotropic yield stress ratios defining the 

anisotropic parameters in Eq. (3). 

 

From testing at room temperature, the longitudinal 

tensile and in-plane shear yield strengths were found 

to be    
 

         and    
 

         

respectively. By assuming the reference through-

thickness yield strength to be    
 

         , this 

leads to having            and        . Since 

the prepreg is transversely isotropic within the 2-3-

plane,           and            . In the 

case of pure shear stress within the same plane, the 

von Mises criterion gives    
 

   
 

√ ⁄  and 

therefore      . Table 3 summarises the yield 

stress ratios to be used in all the FE analyses. They 

are assumed to remain constant regardless of the 

prepreg temperature. 

 

3. Material model validation 

To validate the proposed elasto-plastic material 

model, prepreg compression tests were performed at 

20, 30 or 40C using a 6 kN compressive load. They 

were then modelled in Abaqus/Standard (version 

6.11). Owing to material symmetry, one eighth of 

the sample in Fig. 5 was meshed using a single 8-

noded hexahedral element of type C3D8, see Fig. 7. 

Symmetry boundary conditions were used where 

appropriate, i.e. on planes ABCD, ABFE and ADHE. 

Homogeneous orthotropic properties given in Tables 

1 to 3 were inputted. A single 4-noded rigid element 

of type R3D4 was used to model the upper plate 

since its stiffness is much higher than that of the 

prepreg. The plate was fully constrained but free to 

move vertically along the z-axis. A vertical 

concentrated load of 1.5 kN was then applied to the 

rigid upper plate via a reference node. Frictionless 

contact between the top surface EFGH of the 

prepreg and the rigid plate was assumed to account 

for the presence of the release film introduced to 

help eliminate friction in Fig. 5. 

 

 
Fig. 7: Overview of the compression test FE model 

(1/8 sample) for the material model validation 

 

Table 4 compares experimental and FE results in 

terms of through-thickness engineering strains,    . 

Each FE strain is within 10 % of the corresponding 

experimental value which is acceptable given usual 

scatter observed in experimental results. 

 

Temp. 20C 30C 40C 

Experimental -14.13 -18.11 -25.27 

FE result -12.73 -19.36 -26.59 

Difference -9.9 % 6.9 % 5.2 % 

Table 4: Comparison between experimental and FE 

through-thickness engineering strain     [in m/m]. 
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4. Finite element modelling 

The AFP process to be modelled was limited to one 

layer of prepreg laid down onto a flat panel. During 

each course, 8 slit tapes     6.35 mm nominally 

wide and     0.283 mm nominally thick [19,22] 

were simultaneously laid down, see Fig. 8. The 

elastomeric roller characterised in Fig. 3 was used to 

apply a compaction load ranging from 100 to 600 N. 

The process was assumed isothermal throughout at 

20, 30 or 40°C. This enabled the heat source and the 

incoming prepreg tape angle ahead of the 

compaction roller to be neglected in all the analyses. 

The modelled tape length was restricted to 100 mm 

to decrease the computation times and because all 

the material models are strain rate independent. 

Abaqus/Standard (version 6.11) was used for 

performing all the simulations. 

 

 
Fig. 8: AFP configuration with 8 slit tapes to be 

compacted by the compliant roller 

 

4.1. Preliminary 2D FE modelling  

2D FE analyses were first undertaken using the 

mesh in Fig. 9. Plane stress and plane strain 

conditions were used for the tape and the roller 

respectively. This is appropriate since the slit tape is 

only 6.35 mm wide and the roller is nearly 10 times 

wider than the latter. Obviously, tape/tape gap 

widths were assumed to be such that no lateral tape 

interaction occurs in this approach. 

The slit tape was modelled using a single layer of 

500 4-noded fully integrated elements of type CPS4. 

To prevent rigid body motion, the 2 left-end nodes 

were constrained horizontally whilst all the bottom 

nodes were constrained vertically to simulate the 

presence of the rigid flat panel. 

The whole roller was homogenised as a single 

equivalent isotropic material, see section 2.1. It was 

meshed with 2,880 4-noded fully integrated 

elements of type CPE4. It is important to note that 

the outer surface was refined with a similar element 

size to that of the slit tape to get smooth contact 

interactions. 

The metallic bearing was modelled using 120 2-

noded rigid elements of type R2D2 as an inner 

circular surface. The latter was connected to the 

surrounding flexible part of the roller using tie 

constraints. It was controlled using a central 

reference node. To model interactions at the 

tape/roller interface, a surface-to-surface penalty 

contact algorithm with a zero friction coefficient was 

chosen. It is important to note that the roller was 

positioned 20 mm away from the left-end of the tape 

to avoid edge effects when the roller in Fig. 9 is 

significantly deformed. 

 

 
Fig. 9: Overview of the 2D FE model 

 

The calculations were broken down into two distinct 

steps. The first modelled the compaction phase of 

the tapes when a load ranging from 1.96 to 11.81 N 

per millimetre width was applied in the y-direction 

at the reference node of the bearing. This is 

consistent with applying loads ranging from 100 to 

600 N onto 8 slit tapes 6.35 mm wide each. 

During the first step, symmetry boundary conditions 

were prescribed along the roller’s vertical plane of 

symmetry to reduce the number of unknowns in the 

non-linear system of equations to be solved. The 

latter were then released at the beginning of the 

second step modelling the roller compacting the 

prepreg. For this second step, a dynamic implicit 

formulation was chosen. The roller was subjected to 

a constant acceleration of 0.5 m/s
2
 during 0.5 s. This 
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made it move over a distance of 62.5 mm, and 

therefore remain on the prepreg during the whole 

simulation. It is important to mention that the 

applied roller speed is not expected to have a 

significant effect on the FE results because the 

material models used are all strain rate independent. 

 

 
Fig. 10: Predicted tape thickness distributions from 

the 2D model for various compaction loads and at a 

constant 40C layup temperature (initial tape 

thickness:      0.283 mm). 

 

From the nodal coordinates at the upper surface of 

the tape,     0.283 mm initially thick, it was 

possible to plot its thickness distribution at 40°C for 

example, see Fig. 10. To properly interpret the 

graph, it is necessary to recall that the roller starts in 

     mm at the beginning of the simulation and 

ends in    82.5 mm when the simulation stops. The 

curves show significant through-thickness 

deformations at the actual position of the roller, up 

to 7.3 % when     600 N. This is due to high 

longitudinal tape stiffness in the x-direction. 

Therefore deformation is mainly accumulated 

through the thickness since no lateral (out-of-plane) 

effects are accounted for. 

 

 
Fig. 11: Cross-section view of 2 adjacent slit tapes 

laid down simultaneously. 

 

When post-processing the FE results, it was found 

that the prepreg was subjected to elastic plus plastic 

deformations just below the roller. When the latter 

moved away, the prepreg lost its elastic deformation 

while only plastic deformations remained giving the 

form of the curve shown in Fig. 10. The plastic 

deformations appeared relatively limited because of 

the exponential strain hardening nature of the 

prepreg modelled with a hardening coefficient   

greater than 1 in Eq. (3).  

To be able to determine the resulting gap width,   
 , 

between adjacent slit tapes from the 2D FE results, it 

is necessary to rationalise using the material 

incompressibility assumption throughout the process. 

Therefore, by assuming the tapes having their 

vertical plane of symmetry remaining at the same 

position during ply deposition, they can spread 

equally in both lateral directions (along the z-axis in 

Fig. 11). By idealising the slit tapes’ cross sections 

as rectangle [24], the resulting gap width after 

compaction is therefore given as: 

   
       (  

  

  
 ) (4) 

where   ,    and    are respectively the initial gap 

width, the initial tape width and the final slit tape 

thickness, and   
  is the final slit tape thickness after 

compaction. By assuming    to be wide enough to 

avoid lateral tape/tape interactions, e.g.     0.5 

mm, it is possible to plot the graph in Fig. 12. 

Significant material lateral spreading is predicted in 

the region deformed elasto-plastically causing two 

noticeable elastic ‘bumps’ in     82.5 mm. This is 

directly due to the levels of thickness reduction 

shown in Fig. 10. 

 

 
Fig. 12: Predicted tape/tape gap width distributions 

at 40C from the 2D FE model as a function of the 

compaction load    (    0.5 mm). 

 

By measuring   
  in    50 mm on the graph in Fig. 

12 for each load case, and by replicating the same 

procedure on similar results at 20 and 30°C, it is 
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possible to plot the graph in Fig. 13. It can be 

noticed that the final gap width is a decreasing non-

linear function of the compaction load regardless of 

the layup temperature. In addition, the graph shows 

that the higher the layup temperature is, the more 

compacted the prepreg is since it is more compliant. 

 

 
Fig. 13: Predicted tape/tape gap width after 

compaction as a function of the compaction load for 

various temperatures. 

 

4.2. 3D FE modelling 

In the previous FE results, physical phenomena 

occurring across the width (z-direction) such as 

lateral plastic flow and tape/tape interactions were 

ignored. It is therefore proposed in this section to 

perform 3D FE analyses to investigate the 

consequences. 

 

 
Fig. 14: Overview of the 3D FE model. Only half of 

each slit tape is meshed. 

 

Fig. 14 shows an isomeric overview of the proposed 

3D FE mesh capturing a single tape/tape gap. This 

choice was made to reduce the computation times. 

This is suitable anyway for predicting what happens 

to most of the tapes except for the two peripheral 

ones, namely tapes 1 and 8 in Fig. 8. It is also 

important to note that the proposed 3D approach 

assumes no deviation of the tapes’ vertical planes of 

symmetry during the whole process. 

Overall, the 3D mesh is similar to the 2D one as 

viewed from the lateral side parallel to the x-y-plane. 

8-noded fully integrated hexahedral elements of type 

C3D8 were used to mesh both the roller and the 

tapes. 4-noded rigid elements of type R3D4 were 

used to mesh the bearing surface tie-constrained to 

the inner surface of the deformable part of the roller. 

All the boundary conditions were similar to those 

used in the 2D model in Fig. 9. However, the nodes 

on the two lateral faces parallel to the x-y plane were 

constrained in the z-direction. This made the roller 

behave under plane strain conditions and enabled the 

vertical planes of symmetry of the 2 slit tapes to be 

properly constrained. As for the 2D simulations, the 

3D ones were limited to the first 100 mm of the 

tapes to reduce the computation times. The 

calculations were also broken down into the two 

distinct steps as previously discussed in section 3.1. 

 

 
Fig. 15: Predicted tape thickness distributions from 

the 3D model at the tapes’ vertical planes of 

symmetry (    0.283 mm and     0.2 mm). Each 

curve is for a given compaction load and a constant 

layup temperature at 30C. 

 

 
Fig. 16: Predicted tape/tape gap width distributions 

at 30C from the 3D FE model as a function of the 

compaction load (    0.283 mm and     0.2 mm). 
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Fig. 15 shows how the surfaces of the tapes are 

deformed at their vertical symmetry planes when the 

prepreg is at 30°C. Compared to the 2D cases, the 

initial gap width,   , was here reduced down to 0.2 

mm to make sure that the tapes interact with each 

other at some layup conditions.  

Fig. 16 shows the simulated tape/tape gap width 

distributions at 30C for various compaction loads 

ranging from 100 to 600 N. It can be noticed that 

lateral contact occurs from the elastic bumps where 

the roller is still compacting the prepreg. Once this 

occurs at 500 N onwards, no further thickness and 

gap reductions is observed in the results. 

 

 
Fig. 17: Predicted tape thickness distributions from 

the 3D model at the tapes’ vertical planes of 

symmetry (    0.283 mm and     0.2 mm). Each 

curve is for a given compaction load and a constant 

layup temperature at 40C. 

 

 
Fig. 18: Predicted tape/tape gap width distributions 

at 40C from the 3D FE model as a function of the 

compaction load (    0.283 mm and     0.2 mm). 

 

On the other hand, when the layup temperature is 

higher, i.e. at 40°C, the material becomes more 

compliant and lateral contact between the tapes 

occurs from a much lower compaction load i.e. 200 

N, see Figs. 17 and 18. As for the 30°C layup case, 

no benefit is obtained by further increasing the load. 

Optimal layup conditions can therefore be predicted 

from the model in terms of load and prepreg 

temperature. It is important to note that the results at 

20°C did not lead to any tape/tape lateral contact, 

and therefore no curve has been reported in this 

paper. 

 

 
Fig. 19: Final slit tape thickness as functions of the 

compaction load for various layup temperatures 

(initial gap width     0.2 mm). Dashed and 

continuous lines are from 2D and 3D results 

respectively. 

 

 
Fig. 20: Tape/tape gap width as functions of the 

compaction load for various layup temperatures 

(initial gap width     0.2 mm). Dashed and 

continuous lines are from 2D and 3D results 

respectively. 

 

Figs. 19 and 20 respectively show the graphs 

plotting the final tape thickness and tape/tape gap 

width against the compaction load for various layup 

temperatures. Dashed lines and continuous lines 

were plotted from the 2D and 3D FE results 

respectively. 3D results were obtained with and 

without lateral tape/tape contact to rigorously 

compare the predictions with the 2D ones. 

Globally, similar predictions were obtained from 

both the 2D and 3D FE analyses when tape/tape 

lateral contact was ignored. Higher thickness and 
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gap width values were however obtained in 3D 

because of the triaxiality in the strain tensor which 

captures inter alia lateral effects. These effects are 

exacerbated with the prepreg temperature because it 

becomes more compliant. As already discussed on 

the 2D results, most of the deformation is 

accumulated through the thickness while, in 3D, the 

latter is slit into through-thickness and lateral 

components. This means that 2D analyses are 

convenient for predicting the final shape of the slit 

tapes only when the prepreg is stiff enough to limit 

the magnitude of plastic deformations. 

When tape/tape contact is activated in the FE model, 

the graphs in Figs. 19 and 20 show that the 3D 

results at 30 and 40°C deviate from those produced 

when neglecting lateral effects after given loads. 

This occurs from     500 N at 30°C and from      

200 N at 40°C. As demonstrated previously in Figs. 

16 and 18, this is caused by the interaction between 

the elastic bumps at the actual position of the roller. 

No deflection is observed at 20°C because tape/tape 

lateral contact was non-existent. 

Interestingly, both the red (40°C) 3D curves in Figs. 

19 and 20 converge towards higher values than that 

for the blue (30°C) 3D ones when    increases. This 

seems to be due to the higher lateral contact forces 

generated at 40°C than at 30°C. No deep 

investigation into the causes was however conducted 

because of the relative small difference between the 

results (0.2 % in Fig. 19 and 12 % in Fig. 20) which 

are partially caused by the precision in the 

experimental results. 

 

 
Fig. 21: Final slit tape thickness as functions of the 

compaction load for various layup temperatures. All 

the lines are from 3D results including an initial gap 

width     0.1 mm. 

 

 
Fig. 22: Tape/tape gap width as functions of the 

compaction load for various layup temperatures. All 

the lines are from 3D results including an initial gap 

width     0.1 mm. 

 

Subsequently, it was chosen to investigate the 

influence of the initial tape/tape gap width,    , on 

the final slit tape cross section. It was therefore 

proposed to further reduce    down to 0.1 mm to 

verify whether the gap could completely be closed. 

Such a value is at the lower limit of accuracy of 

recent AFP machines [9].  

Unlike the results reported in Figs. 19 and 20, the 

new results in Figs. 21 and 22 do not include any 2D 

result (dashed lines) to lighten the amount of 

information plotted. However, and as shown 

previously, divergence is observed between the 3D 

results including tape/tape interactions and those 

neglecting them but at lower    values. The higher 

the layup temperature is, the lower the compaction 

load needs to be to start observing deviation: 400 N 

at 20°C, 200 N at 30°C, and 100 N at 40°C. An 

average 0.281 mm final prepreg thickness is 

obtained from the 3 chosen temperatures in Fig. 21. 

This is of the same order of magnitude to the 

thickness value predicted in Fig. 19 by bearing in 

mind that the mean tape roughness amplitude,   , is 

0.046 mm for the prepreg used [25]. These results 

confirm that the elastic bumps contacting each other 

do prevent any non-zero initial gap from closing. In 

other words, they act as a barrier beyond which 

plastic flow is not allowed to propagate. 

Regarding the final tape/tape gap width predictions 

in Fig. 22, all the curves converge towards the same 

0.054 mm average gap width value for the 3 layup 

temperatures. This is about twice lower than the gap 

width values reported in Fig. 20. This means that 

reducing the initial gap width value,   , makes it 

possible to reduce the final gap width but not 
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completely regardless of the prepreg temperature. 

However, the higher the layup temperature, the 

lower the required load for obtaining the same 

results observed at high compaction loads. 

 

5. Conclusions 

This paper was concerned with the prediction of the 

final shape of 8 slit tapes laid down simultaneously 

onto a rigid flat panel during AFP. Isothermal 

conditions were assumed throughout. Both the roller 

and the uncured prepreg were characterised 

experimentally prior to simulating. Effective 

isotropic elastic properties were used to model the 

roller. The uncured prepreg was modelled as an 

elasto-plastic material following the conclusions 

made by Lukaszewicz and Potter [19]. 

2D and 3D FE analyses were undertaken then 

compared. Qualitatively, 2D FE models predicted 

similar results to the 3D model. They are appropriate 

for predicting the final thickness of single slit tape as 

well as final tape/tape gap width only when the 

prepreg is stiff enough which may be the case at 

room temperature. This is also valid as long as no 

lateral tape/tape interaction occurs, otherwise 3D 

models are required. 

By using the latter, it was found that they can help 

optimise AFP process parameters. The simulation 

results showed that, for a given layup temperature, 

no benefit is obtained by further increasing the 

compaction load once lateral tape/tape contact 

occurs from the lateral elastic “bumps” at the actual 

position of the roller. Indeed, these ‘bumps’ prevent 

plastic flow from spreading laterally and therefore 

prevent the gaps from closing. This may therefore 

provide channels that would help evacuate entrapped 

air during debulk operations. Work is underway at 

the NCC to experimentally verify the simulation 

results, improve the roller material model, and to 

add viscous effects into the prepreg material model.  

 

6. Acknowledgements  

This work was sponsored by the High Value 

Manufacturing Catapult TSB programme. The 

authors would like to thank Dr C. Lira for having 

carried out the roller compression test. 

 

 

 

References 

[1] D. A. McCarville et al. “Automated material 

placement: 2008 industry overview”. SAMPE’08 

Conference and Exhibition, Long Beach, California, 

United States, 18-22 May 2008. 

[2] S. Krolweski and T. Gutowski. “Effect of the 

automation of advanced composite fabrication 

processes on part cost”. SAMPE Journal, Vol. 23, 

No. 3, pp. 21-26, 1987. 

[3] B. Morey. “Automating Composites Fabrication”. 

Manufacturing Engineering Magazine, Vol. 140, No. 

4, 2008. 

[4] G. Marsh. “Automating aerospace composites 

production with fibre placement”. Reinforced 

Plastics, Vol. 55, No. 3, pp. 32-37, 2011. 

[5] P. Chivers and A. Jacob. “UK’s National Composites 

Centre open for business”. Reinforced Plastics, Vol. 

55, No. 6, pp. 4-46, 2011. 

[6] D. O. Evans. “Fiber placement”. In: Handbook of 

Composites 2n Ed., S.T. Peters Editor, Chapman & 

Hall, pp. 476-487, 1998. 

[7] D.O. Evans. “Fiber placement”. In: ASM Handbook, 

Vol. 21 Composites. ASM International, pp. 1135-

1140, 2002. 

[8] F. Bullock et al. “Automated prepreg tow-placement 

for composite structures” 35
th

 International SAMPE 

Symposium and Exhibition, Book 1, Vol. 35, pp.734-

743, Anaheim, California, United States, 2-5 April 

1990. 

[9] G. Dell’Anno et al. “Automated manufacture of 3D 

reinforced aerospace composite structures”. 

International Journal of Structural Integrity, Vol. 3, 

No. 1, pp. 22-40, 2012. 

[10] P. L. Mischler et al. “Compaction roller for a fiber 

placement machine”. US Patent No. US 7,810,539 

B2, 12 October 2010. 

[11] B. A. Johnson. “Conformable compaction apparatus 

for use with a fiber placement machine”. US Patent 

No. US 6,390,169 B1. 21 May 2002. 

[12] F. C. Campbell. “Structural Composite Materials”. 

ASM International, 2010. 

[13] S. M. Groves. “Thermal modelling of tape paying 

with continuous carbon fibre-reinforced 

thermoplastic”. Composites, Vol. 19, No. 5, pp. 367-

375, 1998. 

[14] T. Oldani and D. Goebel. “System and method for 

heating carbon fiber using infrared radiation in a 

fiber placement machine”. US Patent No. US 

7,731,816 B2, 8 June 2010. 

[15] H. J. Kim et al. “A study on heat transfer during 

thermoplastic composite tape lay-up process”. 

Experimental Thermal and Fluid Science, Vol. 13, 

No. 4, pp. 408-418, 1996. 

ICCM19 4745



[16] K. J. Ahn et al. “Analysis and characterization of 

prepreg tack”. Polymer Composites, Vol. 13, No. 3, 

pp.197-206, 1992. 

[17] R. J. Crossley et al. “The experimental determination 

of prepreg tack and dynamic stiffness”. Composites 

Part A, Vol. 43, No. 3, pp. 423-434, 2012. 

[18] R. Calawa and J. Nancarrow. “Medium wave infrared 

heater for high-speed fiber placement”. Aerospace 

Technology Conference and Exposition, Paper No. 

2007-01-3842, Los Angeles, California, United 

States, 17 September 2007. 

[19] D. H.-J. A. Lukaszewicz and K. Potter. “Through-

thickness compression response of uncured prepreg 

during manufacture by automated layup”. Journal of 

Engineering Manufacture, Vol. 226, No. 10, pp. 193-

202, 2012. 

[20] C. Hall et al. “The compaction of uncured toughened 

prepreg laminates in relation to automated forming”. 

Proceedings of the ECCM’15, Venice, Italy, 24-28 

June 2012. 

[21] N. Ersoy et al. “Development of the properties of a 

carbon fibre reinforced thermosetting composite 

through cure”. Composites Part A, Vol. 4, No. 3, pp. 

401-409, 2010. 

[22] D. H.-J. A. Lukaszewicz. “Optimisation of high-

speed automated layup of thermoset carbon-fibre 

preimpregnates”. PhD thesis, University of Bristol, 

2011. 

[23] K. Potter. “In-plane and out-of-plane deformation 

properties of unidirectional preimpregnated 

reinforcement”. Composites Part A, Vol. 33, No. 11, 

pp. 1469-1477, 2002. 

[24] E. L.Wang and T.G. Gutowski. “Laps and gaps in 

thermoplastic composites processing”. Composite 

Manufacturing, Vol. 2, No. 2, pp. 69-78, 1991. 

[25] D. H.-J. A. Lukaszewicz and K. Potter. “The internal 

structure and conformation of prepreg with respect to 

reliable automated processing” Composites Part A, 

Vol. 42, No. 3, 2011. 

ICCM19 4746



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
 
Polymer-Clay Nanocomposites (PCN) offer 
interesting applications to various sectors like 
packaging, transportation and construction. Fast and 
accurate predictive tools for behavior of such 
materials can highly accelerate their ever-growing 
applications by revealing their potential capacity. 
 
Clays, in their natural form, have nano size thickness 
and lie parallely in stacks. Depending on the degree 
of separation and polymer penetration between the 
nano layers, three different morphologies for clay-
polymer systems can be found: intercalated, 
exfoliated and aggregates. At molecular level, 
interactions at the interface between the nanoclay 
and polymer matrix result in the formation of an 
interphase with a thickness of a few nm. 
 
Numerous studies have been performed on the 
analytical modeling of the both intercalated and 
exfoliated PCN [1–5]. However, only some have 
taken into account the interphase effects [4, 5]. The 
analytical studies can be generally categorized in 
one-step and two-step models. In two-step models, 
the two-phase composites models were used after 
homogenizing the reinforcing particles by an 
”effective particle” concept [1, 2]. In ”effective 
particle” concept the layered particle (the exfoliated 
nanoclay surrounded by the interphase or the stack 
of intercalated particles) is homogenized in to a 
single phase. In one step models, which were mainly 
applied for the exfoliated nanoclays with or without 
interphase, all the presented phases (matrix and 
nanoclay and interphase) are models in one single 
step [4, 5].  
 
However, no one-step study is yet performed for 
intercalated composites and more importantly, no 

comparative studies have been yet performed to 
compare the range of the validity, level of 
complexity and time-efficiency of two- and one-step 
models. 
Numerical modeling of PCN has also been subject 
of numerous researches in last years. These models 
vary for simplified two-phase 2D Finite Element 
(FE) models [2–4, 6] to more complex 3D 
multiphase ones [6, 7]. In most of the numerical 
works, the representativeness of the analyzed models 
is not verified. Generally, these numerical studies 
have been used to validate the analytical models 
while their own exactitude is on question. The 
question may have roots in the effects of applied 
simplifications in the modeling on the overall 
results, namely, modeling the arranged particles (not 
randomly positioned), 2D modeling, applying 
simplified boundary conditions and not verifying the 
representativeness of the models.  
 
In this work, the validity of some of commonly used 
analytical models, in both one-step and two-step 
categories were tested against 3D FE models of 
detailed microstructures. The Representative 
Volume Element (RVE) concept was used in FE 
modeling. The possible error introduced by different 
simplifying assumptions such as using two-step 
models and isotropy of particles, in both numerical 
and numerical models, was evaluated. 
 
The paper is organized as follows: Section 2 
presents a brief background on PCN and the 
modeling methods. Section 3 presents the proposed 
modeling strategy. The methodology adopted to 
conduct the comparative study is introduced in 
Section 4. Analysis of the results, experimental 
verification followed by the validation of 
homogenization models is carried out in Section 5. 
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2. background

2.1. PCN

Nanoclay platelets have a thickness of about 1 nm and
their lateral dimensions may vary from 30 nm to several
microns [8]. In exfoliated morphology, an interphase
region forms around each nanoclay platelet (Fig. 1). In
intercalated morphology, the interlayer space is called
gallery and the distance between the central plane of the
nanoclay and the corresponding plane in the next nan-
oclay sheet is referred by d(001). Since the thickness of
each platelet is small, it was assumed that the interphase
lied only on the nanoclay platelet top and bottom sur-
faces. Therefore, the thickness of the effective particle
was obtained from:

dp = ds + 2di + (N − 1)d(001), (1)

where d refers to the thickness, subscripts s, p and i refer
to the silicate layer, the effective particle and the inter-
phase, respectively and N denotes number of nanoclays
in each stack.

2.2. Two-step homogenization models

Luo and Daniel [1], in a two-step model, considered
intercalated PCN as two-phase composites by replac-
ing the intercalated stacks of nanoclays by an equiv-
alent homogenized particle. Equivalent homogenized
particles were also used by Sheng et al. [2] and were
named “effective particles”. This concept was then used
by other researches for both intercalated and exfoliated
nanocomposites [2–4, 9].

2.3. First step

In work of Mesbah et al. [4] and Pahlavanpour et
al. [9] the properties of the effective particles (Young’s
modulus (E), Poissoin’s ratio (ν) and shear modulus
(G)) were computed as per the modified rule of mix-
tures by Tsai and Hahn [10] as:

Ep,11 = Ep,33 = χEs + (1 − χ)Et, (2)

νp,12 = νp,32 = χνt + (1 − χ)νs, (3)

Ep,22 =
EsEt

χEt + (1 − χ)Es − χ(1 − χ)βEtEs
, (4)

νp,13 =
χνsEs(1 − ν2

t ) + (1 − χ)νtEt(1 − ν2
s )

χEs(1 − ν2
t ) + (1 − χ)νtEt(1 − ν2

s )
, (5)

Gp,12 = Gp,32 =
GsGt

χGt + (1 − χ)Gs − χ(1 − χ)ηGtGs
,

(6)

Gp,13 =
Ep,11

2(1 + νp,13)
, (7)

where subscripts 1, 2 and 3 correspond to the principal
axes shown in Fig. 2. Subscripts m, p and t, refer to ma-
trix/bulk polymer, effective particle and the third phase
(interphase or gallery) respectively. χ is the silicate vol-
ume fraction in the effective particle, defined as:

χ =
N ds

dp
. (8)

β and η are defined as:

β =
ν2

s Et/Es + ν2
t Es/Et − 2νsνt

χEs + (1 − χ)Et
,

η =
ν2

sGt/Gs + ν2
t Gs/Gt − 2νsνt

χGs + (1 − χ)Gt
. (9)

The relationship between the volume fraction of the
effective particle, fp, and the volume fraction of the sil-
icate phase in the composite, fs is:

fp =
fs

χ
. (10)

The aspect ratio of the effective particle, ap, was defined
as

ap =
dp

`
, (11)

where ` is the length of the nanoclay platelet. Eqs (2-7)
present the properties of the Transverse Isotropic (TIso)
Effective Particle (EP). For the simplified Isotropic (Iso)
EP, only two independent constants, Ep and νp, were
required, which were approximated by Ep,11 and νp,12
(Eqs. (2) and (3), respectively).

2.4. Second step

Both analytical and numerical micromechanical
models can be subsequently used in a second step to cal-
culate the mechanical properties of the nanocomposite
[1–4, 9]. Pahlavanpour et al. [9] performed an evalu-
ation study on the validity of some of commonly used
micromechanical models for the prediction of exfoliated
PCN’s elastic properties against results of 3D periodic
FE simulations. They found that the MT model is the
most reliable method to be used as the second homoge-
nization step for all possible ranges of modulus contrast,
aspect ratio of reinforcing phase and its volume fraction
in exfoliated PCN.

2
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2.5. One-step analytical homogenization models
Two one-step analytical models used in this paper

are the models developed for predicting the proper-
ties of composites with coated particles. One is based
on double-inclusion [11] model that deals with particle
with single layer of coating and the other treats compos-
ites containing particles with multilayer coating [12].

The double-inclusion model as proposed by Hori and
Nemat-Nasser [11] deals with a composite inclusion
consists of an ellipsoidal inclusion embedded in another
ellipsoidal coating layer, that is, further embedded in an
infinitely extended homogeneous medium. The shape
and orientation of the inclusion and the coating, and the
elastic properties of the three phases can be arbitrary. Ju
and Chen [13] derived the general governing equations
for composites containing unidirectionally oriented par-
ticles, called “Interacting Double Inclusion” (IDI) ap-
proach herein. This approach is used in order to take
into account not only the particle-matrix interaction, but
also the interaction between particles. In the case of
three-phase nanocomposites, and according to Liu and
Sun [14], one may write the effective stiffness tensor of
the nanocomposite, Ceff, as

Ceff = C0 : [I − ΦΣTΣ : (ΦΣSΣ + I)−1], (12)

where C0 denotes the stiffness tensor of the matrix,
I refers to the fourth-order identity tensor, ΦΣ is the
volume fraction of composite inclusion and TΣ is the
fourth-order tensor given by:

TΣ = φpTp + φiTi. (13)

Tp and Ti are two fourth-order tensors defined by

Tp = −
[
(Sp + Ap) + ∆S :

(
Sp − φp/φi∆S + Ai

)−1

:
(
Sp − φp/φi∆S + Ap

) ]−1
, (14)

Ti = −
[
∆S + (Sp + Ap) :

(
Sp − φp/φi∆S + Ap

)−1

:
(
Sp − φp/φi∆S + Ai

) ]−1
, (15)

where φp and φi refer to the particle and interphase vol-
ume fraction inside the composite inclusion Σ = p + i,
∆S denotes SΣ−Sp where S are the Eshelby tensors [15]
for the composite inclusion medium Σ and the particle
p, respectively. These tensors only depend on the Pois-
son’s ratio of the matrix and on the aspect ratio of the
medium. Ap and Ai are two mismatch material property
fourth-order tensors for domain p and i expressed by

Ap = (Cp − C0)−1 : C0, Ai = (Ci − C0)−1 : C0.
(16)

In a simplified version of this model, called simplified
IDI hereinafter, it is assumed that the interphase around
the particle has the same aspect ratio as that of the par-
ticle: SΣ = Sp and ∆S = 0. Consequently, Eqs. (14) and
(15) become much simpler. Mesbah et al. [4] used sim-
plified IDI to predict the elastic properties of exfoliated
PCN.

A one-step model to deal with linear elastic n-layered
coated ellipsoids is the model of Lipinski et al. [12],
called “multi-coated model” hereinafter. The model is a
self-consistent model based on a combination of Greens
function techniques with interface operators, illustrating
the stress and strain jump conditions at the interfaces be-
tween two adjacent coatings, which are considered per-
fectly bonded. In this model, the stiffness tensor of the
composite is calculated as:

Ceff = C0 +

n∑
j=1

φ j(C j − C0) : A( j), (17)

where the strain concentration tensors A( j) [12], de-
terminated by the Generalized Self-Consistent Scheme
(GSCS), takes the form A( j) = α j : A where

A =

[
I + TI(C) :

 n∑
j=0

φ j∆C( j/eff) : α j

 ]−1

, (18)

and ∆C( j/eff) = C j −Ceff [12]. The concentration opera-
tors α j are

α1 =

 n∑
j=0

φ jw j

−1

, (19)

α j + 1 = w j + 1 : α1,

where the tensor wi is defined such that

w1 = I, w2 = ω(2/1), (20)

w j+1 =

j∑
k=1

(
φkω

( j+1/k) : wk
)

j∑
k=1

φk

.

ω( j+1/k) is the concentration tensor describing the jump
of average strains between the layer j + 1 and layer k.
The expressions below defines the general form of this
tensor

ω( j+1/k) = I −
[
TΩ j (C j+1) −

j∑
l=1
φl

φ j+1
(TΩ j+1 (C j+1)−

TΩ j (C j+1))
]

: ∆C( j+1/k)

for k = 1, .., j (21)

3
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where ∆C( j+1/k) = C j+1 − Ck and

TΩ j+1 (C j+1) = SΩ j+1 (C j+1) : (C j+1)−1, (22)

in which SΩ j+1 (C j+1) is the well-known Eshelby tensor
which depends on aspect ratio of the inclusion Ω j+1 and
matrix C j+1 elastic properties.

3. The modeling strategy

The multiscale modeling strategy used herein con-
sisted of both two-step and one-step homogenizations.
In two-step models, step I aimed at computing the ef-
fective properties of the stack of nanoclay platelet sur-
rounded by its interface. This allowed computing the EP
properties. The effective particles were then considered
as inclusions in Step II where different analytical mod-
els (i.e. Mori-Tanaka (MT) model [16, 17], Lielens’s
model [18] and Self-Consistent (SC) scheme [19, 20]),
as well as numerical homogenization models were used
to obtain the overall properties. Employing different an-
alytical models as the second step combined with the EP
concept as the first step of homogenization lead to the
different analytical modeling procedures (i.e. MT/EP,
Lielens/EP and SC/EP).

In one-step models, both IDI and multi-coated mod-
els are used for exfoliated morphologies. For the in-
tercalated morphology, the multi-layer stack is modeled
as a multi-coated ellipsoid. Considering the very small
thickness of the nanoclay and its high aspect ratio in
this morphology (0.005), this assumption seems to be
reasonable.

In numerical modeling, Layered Particles (LP) are
modeled as well as the EP following the same method-
ology explained in [9]. Randomly distributed aligned
disk-shaped particles were generated in 3D periodic
Volume Elements (VE) using an algorithm based on
Molecular Dynamics simulations [9, 21]. Periodic
boundary conditions were enforced. The Representative
Volume Element (RVE) concept is used following the
procedure explained by Pahlavanpour et al. [9] through
a two-fold convergence study.

The assumption in both numerical and analytical
models is that all the constituent phases are linearly
elastic and perfectly bonded at their interface.

4. Methodology for quantitative analyses

The properties of the silicate layers were taken
from the results of computational chemistry simulations
available in the literature [22]. The relation to convert

the nanoclay weight fraction, ws, to its volume fraction,
fs, is linearized as [2]

fs ≈
ρm

ρs

1
ψ

ws, (23)

where ρ is the density of each phase and subscript m
refers to the matrix and

ψ =
1(

1 − 1
N

) ( d(001)

ds

)
+ 1

N

. (24)

A density value of ρm = 1000 kgm−3 was assigned to
the matrix [2]. The density of clay platelets, according
to Chen et al. [22] was considered as 3067 kgm−3.

4.1. Exfoliated morphology

The properties of constituent phases are listed in Ta-
ble 1. For comparison purposes, another case with an
imaginary interphase, Case II, is also introduced in Ta-
ble 1. In the lower part of the Table 1, the EP properties
obtained form the first step of homogenization are pre-
sented for both Cases.

For experimental validation, experimental data on
Nylon-6/MMT nanocomposites by Fornes et al. [23]
was used. They claimed nearly complete exfoliation and
good particle alignment with clay content varying from
1.6 to 7.2 wt% [23].

4.2. Intercalated morphology

Constituent phases of the intercalated morphology
are presented in Table 2. The lower part of the Ta-
ble 2 presents the properties of the EP calculated from
the first step of homogenization.

For experimental validation, experimental data on
MXD6 Nylon/MMT nanocomposites by Sheng et al.
[2], with clay content varying from 1.1 to 5.27 wt%,
was used. Intercalated multi-layer stacks were observed
to be well aligned and the structure of intercalated clay
stacks is independent of clay content; in particular, the
average N is 3; and the average interlayer space, d(001)
is 4.1 nm [2].

5. Results and discussion

5.1. Numerical models : Error induced by two-step
models

A simple case that may clearly reveal the possible er-
rors induced by two-step models is the case of exfoli-
ated morphology with imaginary interphase, Case II in
Table 1. Fig. 3 shows the numerical results for Case II

4
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with both two-step and one-step methods. Although re-
sults of these two methods should be theoretically the
same, using Iso EP at nanoclay volume fraction of 4%
leads to 13% of overestimation of axial Young’s mod-
ulus E11 compared to one-step model with real layered
particles. It is shown that although using the TIso EP
can slightly reduce the error, the overestimation is still
up to 10%. In Fig. 4, the effect of EP concept is inves-
tigated for an exfoliated PCN with real interphase. The
overestimation of the Iso EP is up to 5% whereas use of
the TIso EP can reduce this value to 3.5%. The effect
of using EP concept on the predictions for intercalated
morphologies is shown in Fig. 5, where the Iso EP has
an error of 3% compared to one-step method with real
LPs. Data analysis of the errors occurred in two-step
models, Figs. 3-5, reveals that volume fraction of nan-
oclay ( fs), rigidity contrast between nanoclay and EP
(Es/Ep) and inverse of their aspect ratios (ap/as) have
direct relationship with the percentage error induced by
EP concept. In other word, the more the EP is different
form the nanoclay, in terms of rigidity and aspect ratio,
the more the error of two-step models is pronounced.
Table 3 lists the the influence of rigidity contrast and as-
pect ratio for the three studied cases at fix volume frac-
tion.

One-step numerical models are computationally
more costly than the two-step models in terms of com-
putation memory and time. In the studied cases, the
number of elements was considerably increased (>
5 times) in models with LP compared to the model
consisted of EP. Given the much lower computational
cost of two-step numerical models, one may conclude
that the error induced by EP concept can be acceptable
depending on the application of the results. However,
when it comes to set the numerical results as the bench-
mark to validate the analytical models, any initial error
reduces the exactitude of the evaluation.

5.2. Experimental validation

To verify the general validity of layered numerical
models, experimental data were compared to those of
numerical simulations for both intercalated and exfoli-
ated morphologies in Figs. 6 and 7. It is shown that the
numerical models are very well able to reproduce the
experimental results, especially in exfoliated morphol-
ogy.

5.3. Analytical models

For the exfoliated morphology, the analytical results
obtained by different models are compared to those of
numerical simulations. It is shown that IDI simplified

model delivers result with large errors. The best analyt-
ical model is the one-step IDI model that reproduces nu-
merical results with slightly more accuracy than those of
the two-step MT/TIso EP model and the one-step multi-
coated model.

For the intercalated case, the best analytical model
is the one-step multi-coated that reproduce the numer-
ical results with less than 1% error. The MT/Iso EP
model very well follows its corresponding numerical
model, FE-Iso EP, but it delivers results with 4% er-
ror compared to one-step FE-LP results. The one-step
IDI models are not applicable for intercalated morphol-
ogy because of its multilayer structure. The SC model
clearly overestimates the axial Young’s modulus. Al-
though the rigidity contrast between the EP and the ma-
trix is high (≈ 15), the Lielens’ model does not improve
on MT model probably because of law volume fraction
of the EPs (< 7%) [9]. Considering higher computa-
tional cost of the multi-coated model and being more
difficult to be implemented, one may conclude that the
MT model is the most viable analytical model to pre-
dict axial Young’s modulus of intercalated PCN. How-
ever, it is recommended to use the multi-coated model
to predict intercalated morphologies with high volume
fractions or high contrasts of rigidity.

6. Conclusions

This work evaluated both two-step and one-step ana-
lytical models using 3D FE models of detailed represen-
tative microstructures. The possible error introduced by
two-step models in both numerical and analytical mod-
els, was evaluated. The RVE concept was also used
in FE modeling. This study covered both intercalated
and exfoliated morphologies. Experimental verification
with data extracted from the literature was also used
to validate the overall numerical modeling. Numerical
simulations revealed that using two-step models, rely-
ing on effective particle concept, may introduce con-
siderable percentage of error (up to 13% in the studied
cases). It was found that the more the effective parti-
cle is different form the nanoclay, in terms of rigidity
and aspect ratio, or the higher the volume fraction is,
the more the error of two-step models is pronounced.
Given the much lower computational cost of two-step
numerical models, the error induced by EP concept can
be acceptable depending on the application of the re-
sults. However, when the numerical simulations are to
be used as validating means whose accuracy should be
unquestionable, the one-step models are recommended.

In analytical modeling, the two-step MT/EP model
generates very well the exfoliated results whereas in in-

5
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tercalated morphologies, it delivers predictions with a
low percentage error (< 4%) compared to one-step nu-
merical model. IDI model followed by multi-coated
model is found to be the most accurate one-step ana-
lytical model for exfoliated morphology. For the in-
tercalated morphology, the multi-coated model is the
only model that delivers very accurate results. Given the
less computational cost and simplicity of two-step MT-
based models, this model is recommended viable to be
exploited as a fast and reliable analytical model. How-
ever, it is recommended to use the multi-coated model
to predict intercalated morphologies with high volume
fractions or high contrasts of rigidity.
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Figure 1: Three-layer reinforcing stacks in exfoliated composites.
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Figure 2: Periodic volume element with disk-shaped particles aligned
perpendicular to the axis 2.
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Figure 3: Prediction of one-step (LP) and two-step (Iso EP and Tiso
EP) FE models for exfoliated morphology with the imaginary inter-
phase, Case II. The bars correspond to confidence intervals on the
average level of 95%.
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Figure 4: Prediction of one-step (LP) and two-step (Iso EP and Tiso
EP) FE models for exfoliated morphology with the real interphase,
Case I. The bars correspond to confidence intervals on the average
level of 95%.
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Figure 6: Experimental validation of one-step (LP) FE model for ex-
foliated morphology, Case I. The bars correspond to confidence inter-
vals on the average level of 95%.
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Figure 8: Validation of one-step (Multi-coated, IDI, simplified IDI)
and two-step (MT/TIso EP) analytical models against one-step (LP)
FE model. Exfoliated morphology, Case I. The bars correspond to
confidence intervals on the average level of 95%.
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Table 1: Property of phases in the exfoliated PCN.

Young’s modulus Poisson ratio Thickness
E (GPa) ν d (nm)

Matrix (Nylon-6) [23] 2.8 0.35 NA

Nanoclay (MMT) [22] 178 0.28 1∗

Interphase Case I [9, 24] 13 0.35 3
Case II 2.8 0.35 3

Case I Iso 36.6 0.34 7

Effective Particle TIso E11 = E33 = 36.6 ν12 = ν32 = 0.34 7
E22 = 16.2 ν13 = 0.37

(G12 = G32 = 6.01, G13 = 13.25 GPa)

Case II Iso 27.82 0.34 7

TIso E11 = E33 = 27.82 ν12 = ν32 = 0.34 7
E22 = 3.65 ν13 = 0.3

(G12 = G32 = 1.35, G13 = 10.66 GPa)

* Nanoclay aspect ratio was considered as 0.01 in all exfoliated configurations.

Table 2: Property of phases in the intercalated PCN.

Young’s modulus Poisson’s ratio Isotropy Thickness
E (GPa) ν d (nm)

Matrix (MXD6 Nylon) 4.14 0.35 Iso NA
Nanoclay (MMT) [22] 178 0.28 Iso 1∗

Gallery [2] 4.14 0.35 Cubic symmetry 3.1
(G = 0.015 GPa)

Effective Particle 60.83 0.33 Iso 9.2
* Nanoclay aspect ratio was considered as 0.005.

Table 3: Influence of rigidity contrast and aspect ratio in error induced by two-step numerical models.

Es/Ep ap/as Error∗

Intercalated PCN 2.93 9.2 2.18%
Exfoliated (Case I) 4.86 7 2.82%
Exfoliated (Case II) 6.4 7 6.47%

* The error is calculated between the Iso EP and LP models.
fs = 2% for all the three cases.
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1. Introduction 

Carbon fiber reinforced polymer composites are 

widely used as primary structural components in 

aerospace industry due to their attractive properties 

such as high strength–to-weight ratio and excellent 

corrosion resistance. Bismaleimides (BMI) resins are 

always used in high temperature application due to 

their superior thermal stability and fatigue resistance 

at high humidity [1]. These composite components are 

generally exposed to harsh environments with 

changing temperature and humidity in service, which 

accelerate decline in the composites’ physical and 

mechanical properties strongly [2,3]. Thus 

understanding the effect of moisture absorption-

resorption on composites is essential to improve 

component durability.  

Water absorption induces a severe degradation on the 

composites’ mechanical properties. Various possible 

mechanisms were reported to explain the effects of 

moisture on composites: matrix plasticization, matrix 

swelling, micro-cracks propagation, hydrolysis, 

degradation of interface, interfacial debonding etc [4-

8]. Plasticization is supposed to be a reversible 

phenomenon [4] while Interfacial debonding 

decreases mechanical properties irreversibly [6,7]. 

Besides, chemical ageing affects the molecular 

structure inducing chain scissions and thus causes 

embrittlement permanently [5].Reverse damage can 

be eliminated after drying by removal of water [4]. 

Many researchers studied the influence of wet-dry 

cycles on composites [9-12] for better understanding 

the effect of real work conditions on composites. 

S.Roy [21] found that water uptake and loss during 

wet-dry cycles can cause stresses and micro-cracks. 

The cyclic process was described as auto-accelerative 

by Tsenoglou [10] because the damage accumulates in 

subsequent wet–dry cycles, leading to even greater 

depths of penetration of water. Newman [12] showed 

that water resistance of flax-epoxy composites was 

significantly different over multiple cycles from that 

after single cycle. 

Hygrothermal aging decreases mechanical 

performance of composites by damaging matrix and 

interface [22-26]. Different approaches have been 

investigated to study interfacial mechanical properties: 

macromechanical tests such as short beam test; and 

micromechanical tests [13] such as the single fiber 

pull-out, single fiber fragmentation test, 

microindentation test and microdroplet test. Short 

beam test is widely used for measuring the 

macroscopic interlaminar shear strength of composites 

(ILSS) due to its convenience [27,28]. In this paper, 

ILSS evolution of CF/BMI composites subjected to 

various aging process was studied systematically for a 

better understanding of cyclic hygrothermal aging 

mechanisms. Four kinds of BMI matrix i.e. 5405, 5428, 

QY8911 and QY9511 resin were used in the 

composites. ILSS evolution of 5405 matrix 

composites reinforced by T300 and CCF300 were 

compared. The effects of cyclic hygrothermal aging, 

test temperature, and hygrothermal history on ILSS of 

CF/BMI composites were investigated respectively.  

2 Experimental Method 

2.1 Materials 

Various kinds of composites were studied in this paper: 

T300/5405, CCF300/5405, CCF300/5428, 

CCF300/QY8911 and CCF300/QY9511. The matrix 

resin were commercial BMI resin: BMI resin 5405 and 

5428 produced by Beijing Institute of Aeronautical 

Materials; BMI resin QY8911 and QY9511 provided 

by Beijing Aeronautical Manufacturing Technology 

Research Institute. Two kinds of carbon fiber were 

incorporated in BMI 5405: T300 supplied by Toray Co. 

and CCF300 provided by Weihai Tuozhan Fiber Co. 

Ltd. All unidirectional composite panels were 

manufactured by autoclave molding according to 

curing process specified by resin manufacturers. The 

fiber volume fraction (Vf) of all the composite 

samples was 65±2%. 

2.2 Interlaminar Shear Strength Test 

The short beam shear samples of 20×6×2mm3 were 

performed on Instron 5500 testing machine according 
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to the ASTM D-2344 at 25℃ and 150℃ respectively. 

The mean value of shear strength for least 5 specimens 

was calculated.  

2.3 Aging test in hygrothermal environment 

Absorption experiment: Dry specimens were put into 

a humidity chamber and immersed in distilled water at 

71℃.  

Desorption experiment: After moisture absorption for 

a certain hours, specimens were removed from water 

and dried in a desiccator at 85℃ until the weight 

reached constant. 

Wet-dry cycle: Cycling process with 2 different 

periods (7 days and 14 days) was tested. The process 

of wetting specimens for 7 days in 71℃  distilled 

water and then drying at 85℃ for 83h to a constant 

weight is called one cycle with period of 7 days. By 

analogy, one cycle with period of 14 days means 

wetting specimens for 14 days in 71℃ distilled water 

and then drying at 85℃ for 94h to a constant weight. 

The same procedure was followed for the second and 

third cycle, as shown in Fig. 1. The sample state is 

described by “ab”, where “a” and “b” mean cyclic 

period and cycling times respectively. 

3.Results and Discussions 

3.1 Effect of absorption and desorption on ILSS of 

CF/ BMI 

ILSS of T300/ 5405, CCF300/ 5405, CCF300/5428, 

CCF300/QY8911 and CCF300/QY9511 tested at 25℃ 

after immersing for different days are plotted in Fig. 2. 

They are compared with the corresponding ILSS of the 

initial dry state, represented by a white bar on the left 

of each “bundle” of bars. The same behavior is 

observed, the ILSS of samples decreases as a function 

of time initially and roughly stabilizes after immersion 

for 14 days, which reveals that equilibrium damage 

level is reached after an aging time of 14 days. 

Although ILSS is always used to determine the 

interfacial strength, it is actually a comprehensive 

reflection of interfacial performance and matrix 

properties [14,28]. Hence ILSS decline on wet 

condition is not only due to interfacial debonding [6,7] 

and interfacial degradation but also a result of physical 

i.e. matrix plasticization [4] and chemical i.e. 

hydrolysis [5], modification of the polymer matrix. It 

can be observed that the composites with 5405 matrix 

reinforced by CCF300 have a lower retention rate in 

ILSS during hygrothermal aging (respectively 90.4%, 

82.4% and 86.5% after  immersing for 7,14,42 days) 

compared to that reinforced by T300(respectively 

95.7%,89.6% and 93.6% after immersing for 7,14,42 

days). This indicates that interface of T300/5405 is 

superior to that of CCF300/5405 in heat and humidity 

resistance. Desorption after immersing for 7 days 

makes the ILSS higher than its original state for all 

composites except CCF300/QY9511. We have also 

noticed that a small residual weight gain remained in 

the material after drying which is also observed by 

L.R.Bao [9]. Maybe the abnormal increase is related 

to toughening effect of the residual water molecules. 

In terms of CCF300/QY9511, it is worth noting that 

its ILSS evolution during hygrothermal aging differs 

notably from the behavior of other composites where 

a sharp decrease can be observed 

In order to illustrate the reversibility of damage caused 

by moisture absorption, desorption experiments have 

been carried out. As expected, ILSS can be recovered 

after drying, which is also presented in Fig. 2 as dense 

shade, with values corresponding to the vertical axis. 

It is evident that upon drying at 85℃, the original ILSS 

can be regained for T300/5405, CCF300/5428and 

CCF300/QY8911, whereas ILSS of CCF300/5405 and 

CCF300/QY9511 cannot be recovered thoroughly. It 

indicates that reversible damage and permanent 

damage coexist to degrade the ILSS of wet samples. It 

has been generally established that plasticization is a 

reversible phenomenon [4] while chemical aging and 

interfacial debonding irreversibly affect mechanical 

behaviour of composites [5-7]. It is also believed that 

interface is the determining factor of the reinforcement 

mechanisms, especially under wet conditions. Thus it 

can be concluded that interface of CCF300/5405 and 

CCF300/QY9511 is damaged during hygrothermal 

aging which is consistent with the observation by Sun 

Pei et al[18,19]. In Fig. 2, it is particularly interesting 

that desorption can only shift ILSS of 

CCF300/QY9511 back to 77.7% of its original state 

after immersion for 7 days. It indicates that the weak 

interface offers an easy path for water molecules to 

penetrate and thus degrade the interface which can 

also explain the slump of ILSS after immersion for 7 

days. Besides, comparison between ILSS evolution of 

T300/5405 and CCF300/5405 also confirms the 

viewpoint mentioned above that interface of 

T300/5405 is superior to that of CCF300/5405 in heat 

and humidity resistance.  

3.2 Effect of test temperature on ILSS of CF/BMI 

Composites used in the aerospace industry are always 

loaded at high temperature, thus it is of practical 

necessity to investigate the effect of test temperature 

on ILSS. Evolution curves of ILSS tested at 25℃ and 

150℃  during hygrothermal aging are fitted using 

Phani-Bose model (see Eq.(1)).  Phani-Bose model[16] 
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which mainly considers the effect of matrix 

plasticization describes ILSS evolution as a function 

of immersion time and test temperature.  

0( ) ( )exp( )
t

t   


           (1)            

where σ(t), σ0 and σ∞ are, respectively, the composite 

interlaminar shear strength at times t, initially and after 

an infinite time and τ is a characteristic time dependent 

on temperature. The smaller τ indicates the more 

decline on mechanical properties of composites. Fitted 

curves and experimental data are obtained in Fig.3 and 

estimated parameters are reported in Table 1. From Fig. 

3, it is evident that fitted curves at 150℃ have a better 

correlation with experimental data than that at 25℃. 

This is because higher temperature facilitates 

plasticization in hygrothermal environment. Besides, τ 

is smaller at 150℃  implying that temperature and 

humidity work coefficiently to accelerate the decline 

of ILSS. Values of estimated parameter σ∞ are similar 

to ILSS values for the composites aging for 14 days 

whether at 25℃ or 150℃, which is an indication of 

saturated damage after immersing for 14 days. The 

dramatically high τ of composite CCF300/5428 might 

be due to its fluctuation in ILSS after immersing for 7 

days which makes it deviate from Phani-Bose model. 

3.3 Effect of wet-dry cycles on ILSS of CF/BMI 

The ILSS values during the wet-dry cycles for each 

composite are presented in Fig. 4, It is readily 

observed that at 25℃  ILSS shows a progressive 

decline during the 2nd cycle, but it is steady during the 

3rd cycle when cyclic period is 7 days. While ILSS 

after each cycle is similar when cyclic period is 14 

days. The desorption step does not reverse the 

modifications caused by sorbed moisture, such as 

microcracks and interfacial debonding, which makes 

it more accessible for moisture in the re-absorption 

steps. When samples are immersed in water for 7 days, 

damage in the composites is unsaturated so that 

acceleration of moisture absorption could cause a 

progression of damage during the subsequent re-

absorption. After the 2nd cycle, damage has reached 

saturation, thus little decline can be caused in ILSS in 

the 3rd cycle. Similarly, saturated damage induced by 

wetting for 14 days in the 1st cycle makes it hard to 

induce more decline in ILSS in the subsequent cycles.  

When tested at 150℃, the similar behavior can also 

be observed during the cycles with 7 days as one 

period, while different phenomenon occurs when 

cyclic period is 14 days. This phenomenon is that 142 

specimens have a lower ILSS than 141 specimens. It 

can be concluded that wet-dry cycle has an 

unnoticeable effect on the damage saturation level, 

which can only appear at high temperature. 

Furthermore, removal of moisture causes a larger 

recovery of ILSS compared to that tested at 25℃, 

while almost none of them can recover to initial dry 

state after 3 times cycling. This phenomenon implies 

that high temperature degrades ILSS of composites 

by facilitating plastication and accelerating 

permanent damage such as extension of debonding 

and cracks at the same time. 

As can be seen, ILSS of composites cycled with 2 

times for 7 days is always higher than that of 

composites immersing for 14 days consecutively 

whether at 25℃ or 150℃. It can be instructive in 

practical application. 

3.4 Effect of hygrothermal history on ILSS of 

CF/BMI 

Results depicting ILSS of 5 kinds of CF/BMI 

composites after various hygrothermal treatment 

tested at 25℃  are shown in Fig. 5. “A+B+C” 

represents process of hygrothermal treatment, where 

A and B mean cycling days successively, the last 

alphabet C means immersing days before testing. For 

example, the mean of “7+7+14” is as follows: 

immerse specimens in distilled water at 71℃ for 7 

days and dry in a desiccator at 85℃ until the weight 

reaches constant. Then immerse the dried specimens 

in distilled water at 71℃ for 7 days and dry in a 

desiccator at 85℃ again. Immerse the specimens in 

distilled water at 71℃ for 14 days at last. 

From Fig. 5, it is evident that after immersing for 7 

days, ILSS of composites with hygrothermal history 

is always lower, while after wetting for 14 days, 

they’re nearly the same. It means that damage caused 

by hygrothermal history has an effect on declining 

ILSS of composites with unsaturated damage, but its 

effect is hard to appear on specimens with saturated 

damage. This phenomenon, in fact, further supports 

the conception of damage saturation and the effects 

of damage accumulation which is discussed in the 

previous sections. It can be observed that ILSS7+14 of 

all the CF/BMI composites is slightly lower than 

ILSS14+7. Aging process of “14+7” and “7+14” both 

induce saturated permanent damage to composites, 

hence the phenomenon can only be explained by the 

more serious matrix plasticization of the latter one. 

From the above, it can be concluded that reversible 

damage is affected by the last immersing time 

dominantly and permanent damage is affected by the 

total immersion time as a result of damage 

accumulation effect. 
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4. Conclusion 

 (1) During hygrothermal aging, ILSS of CF/BMI 

composites decreases with immersion-time 

increasing overall until plateau is nearly reached after 

immersion for 14 days. After desorption, ILSS can 

be recovered to various degrees by reversing some 

damage. Effects of desorption on ILSS of CF/BMI 

can reflect their interfacial characteristics during 

hygrothermal aging indirectly. Interface of 

T300/5405 is better than that of CCF300/5405 in heat 

and humidity resistance. Interface of 

CCF300/QY9511 is damaged the most seriously by 

hygrothermal aging among all the composites 

studied in this paper (T300/5405, CCF300/5405, 

CCF300/5428, CCF300/QY8911, 

CCF300/QY9511). 

(2)Test temperature has a great effect on ILSS. Under 

high test temperature, hygrothermal aging declines 

the ILSS of composites sharply by facilitating 

plastication and accelerating permanent damage such 

as extension of debonding and cracks at the same 

time. Phani-Bose model which considers the effect of 

matrix plasticization mainly is more reasonable to fit 

ILSS evolution of composites at high test 

temperature. 

(3) Conception of damage saturation and effect of 

damage accumulation are confirmed in this paper. 

When damage of composites is unsaturated, ILSS of 

composites decreases in subsequent wet-dry cycles 

by damage accumulation until damage saturation is 

reached. Once damage of composites is saturated, it 

is hard to induce progressive damage and decline 

ILSS in re-absorption in our experimental materials. 

(4) Wet-dry cycle has an effect on the level of 

damage saturation, but it’s so unnoticeable that it can 

only appear at high test temperature. Irreversible 

damage is history-dependent so that it is affected by 

the total immersion time, while reversible damage 

such as matrix plasticization is mainly impacted by 

the last immersion time. 

 

Fig. 1. Schematic diagram of hygrothermal cycling process 
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Fig. 2. ILSS of CF/BMI composites tested at 25℃ during hygrothermal aging 

(white bars represent the ILSS of initial dry composites; bars of various spare shade represent the ILSS of composites after 

immersion for certain days; bars of various dense shade represent the corresponding ILSS recovery of wet specimens after 

subsequent desorption ) 
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Fig. 3. ILSS evolution curves of composites tested at 25℃ and 150℃ 

 

Table. 1. Estimated parameters of Phani-Bose model 

 

 τ σ∞(MPa) σ14(MPa) 

T 25℃ 150℃ 25℃ 150℃ 25℃ 150℃ 

T300 

/5405 
5.8 3.9 89.9 36.8 87.7 35.3 

CCF300 

/5405 
4.9 4.0 83.1 34.6 80.8 34.0 

CCF300 

/5428 
31.2 5.2 80.7 42.1 87.9 44.4 

CCF300 

/QY8911 
8.4 3.9 88.3 43.4 86.5 43.6 

CCF300 

/QY9511 
5.4 5.3 75.3 37.1 78.5 40 
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Fig. 4. ILSS of CF/BMI composites tested at 25℃ and 150℃ during the cyclic process of wetting and drying 
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 Fig. 5. ILSS of CF/BMI composites after various hygrothermal history tested at 25 ℃ 
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1 Introduction 

 

 Fiber reinforced plastics (FRPs) are a class 

of materials that can have very high strength, 

stiffness and low density, making them appealing 

materials for aerospace, automotive and sporting 

goods industries.  FRPs are often comprised of high 

strength, high modulus fibers, embedded in a 

polymeric matrix, however, the mechanical 

properties of the FRP are not determined only by the 

fiber and matrix, but also the adhesion and 

interphase between them.  It is well understood that 

the adhesion must be optimized to achieve the best 

mechanical properties possible for a given 

fiber/matrix system [1],[2].  In the case of glass 

fibers, and often carbon fibers, the adhesion is 

controlled and improved using silane coupling 

agents such as glycidoxypropyltrimethoxysilane 

(GPS) and aminooxypropyltrimethoxysilane (APS), 

for example.  The use of chemical interphase 

modifiers has been the subject of extensive research 

for decades [3]. 

 Alternatively, the interphase can be 

modified by introducing nano, or possibly micro, 

whiskers or particles to the fiber surface. It is 

possible to grow interphase structural modifiers 

directly on to the fiber surface.  As early as 1974, 

there has been work on modifying carbon fiber with 

Si3N4, TiO2 and SiC whiskers [4].  Tensile and 

interlaminar shear strengths were improved but in 

plane properties were reduced, due to fiber damage 

caused by high temperature processing.  There has 

been significant interest in growing carbon 

nanotubes (CNTs) on carbon fibers using chemical 

vapor deposition (CVD) techniques [5], [6].  

However, the harsh environment of CVD damages 

carbon fibers, reducing their strength, thus limiting 

the feasibility of commercialization.  ZnO whiskers 

have been grown on carbon fibers, but under benign 

reaction conditions that do not degrade the fiber 

strength [7], [8], [9].  These ZnO whiskers improved 

the interfacial shear strength (IFSS), interlaminar 

shear strength and modulus of the systems tested.  

Additional surface roughness on glass fibers has 

been achieved by treatment with a 

tetraethylorthosilicate (TEOS)/GPS blend, with the 

intention of improving mechanical interlock at the 

interface [10].  The energy absorption during a 

microdroplet shear test and the IFSS were increased. 

Instead of growing structures on the surface of 

fibers, it is possible to synthesize interphase 

modifiers separately and to deposit them on the 

surface.  CNTs were deposited on to carbon fiber 

surfaces using electrophoresis, leading to an increase 

in interlaminar shear strength [11].  CNTs treated 

with poly(ethyleneimine) (PEI) were 

electrostatically deposited on to carbon fibers,  

modestly increasing the IFSS [12].  22 nm silica 

particles were incorporated into a sizing package, 

with other adhesion modifiers, to improve the 

impact energy absorption of an E-glass composite 

[13], [14]. 

 Previously, our laboratory has investigated 

the effects on IFSS, strength and modulus, in E-

glass/poly(vinyl butyral) systems when modifying 

the interphase with polymeric core-shell particles, 

where the shell and core consisted of 

poly(ethyleneimine) (PEI) and poly(styrene), 

respectively [2].  Two different diameters were 

investigated, 143 nm and 327 nm.  The 327 nm 

particles led to only a modest improvement in 

properties, while 143 nm particles increased the 

IFSS and longitudinal tensile modulus and strength 

by 56%, 42% and 34%, respectively.  This 

enhancement was attributed to increasing the 

modulus and toughness of the interphase.  A high 

matrix shear modulus has been shown to increase 

the IFSS [15] and, based on a finite element analysis 
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study, an interphase with a higher modulus can lead 

to higher fiber axial stress [16].  At fiber ends, there 

is an apparent infinite shear stress at the fiber/matrix 

interface, when the matrix has a lower modulus than 

the fiber under axial load.  Thus, in order to mitigate 

debonding, the interphase must not only have high 

strength, but must also be tough. 

 The present study sought to investigate how 

PEI functionalized silica nano-particles, 

electrostatically deposited to E-glass fibers, affected 

the IFSS of a single fiber composite, as a function of 

particle size.  Mineral oxide nano-particles have 

been shown to increase the Young’s modulus and 

toughness in certain thermosets [17], [18].  Although 

work has been done previously on particle covered 

fiber composites, there has been no systematic 

investigation into the effects of particle size, nor has 

the use of silica/PEI core-shell type interphase 

modifiers been studied.  The particle size determines 

the toughness and modulus of the interphase, the 

degree of bonding between the particle and fiber, 

and the thickness of interphase that is modified.  The 

significance of particle/fiber covalent bonding was 

explored by varying the fiber surface functionality.   

The importance of pH, electrolyte concentration and 

particle volume fraction on producing optimum 

surface coverage was also explored. 

 

2 Methods  

 

2.1 Materials 

 

 E-glass fibers were supplied as sized tows 

by Fiberex Inc. (Leduc, Alberta, Canada).  

Individual fibers had a diameter of 11 ± 3 µm.  

Desizing was performed with NoChromix (Godax 

Laboratories, Cabin John, MD) and concentrated 

sulphuric acid.  Fibers were functionalized with 3-

glycidyloxypropyltriethoxysilane (GPS) (Gelest Inc, 

Morrisville, PA) in 190 proof ethanol with glacial 

acetic acid to reduce the pH to 4.5.   

 Four different silica nano-particles were 

used, 16 nm Ludox SM-30, 26 nm Ludox TMA 

(Sigma Aldrich, St. Louis, MO), 71 nm Nexsil 85A 

(Nyacol, Ashland, MO), and 100 nm (Fiber Optic 

Center, New Bedford, MA).  The referenced particle 

sizes for the three smallest silica particles were 

determined by dynamic light scattering (90Plus, 

Brookhaven Instruments Corp, Holtzville, NY), the 

diameter of the 100 nm particles was provided by 

the manufacturer.  The particles were functionalized 

with trimethoxysilane modified poly(ethyleneimine) 

(SPEI) (Gelest Inc), molecular weight 1,500 – 1,800 

g/mol.  Deionized water (DI H2O) was used as a 

solvent, glacial acetic acid was used to reduce the 

pH to 4.5.   

 The particles were electrostatically 

deposited on the fibers in DI H2O, with dilute 

potassium hydroxide and nitric acid to adjust the pH, 

and potassium nitrate was used to alter the ionic 

strength.  

 Fibers were embedded in a matrix of a 

stoichiometric ratio of diglycidyl ether of bisphenol 

A (Epon 828, Miller-Stephenson, Danbury, CT) and 

m-phenylenediamine (mPDA, Sigma-Aldrich, St. 

Louis, MO).   

 

2.2 Fiber Functionalization 

 

   E-glass fibers were desized as tows by 

soaking in NoChromix and concentrated sulfuric 

acid for 90 minutes.  The fibers were rinsed with DI 

H2O, then dried at 100°C for several hours.  

Individual fibers were removed from the tow and 

mounted on a handling jig.  0.5 vol% GPS was 

hydrolyzed in 190 proof ethanol for 20 minutes with 

sufficient acetic acid to reduce the pH to 4.5.  The 

fibers were submerged for 60 minutes then dried at 

room temperature.  For comparison, one set of fibers 

was functionalized with SPEI.  The functionalization 

procedure was identical, except 0.5 vol% SPEI was 

used instead of GPS. 

   

2.3 Nano-particle Functionalization 

 

 1 wt% silica nano-particles were dispersed 

in DI H2O with vigorous stirring followed by 5 

minutes of ultrasonication with a Sonifier 250 with a 

cup horn attachment (Branson Ultrasonics Corp., 

Danbury, CT).  The amount of SPEI used to 

functionalize each batch was 0.5 vol% or calculated 

from the approximate number of moles of hydroxyl 

functional groups on the surface, whichever was 

larger.  The manufacturer reported values for surface 

area for SM-30, TMA, Nexsil 85A, and 100 nm 

silica were 400, 140, 55, and 6 m
2
/g, respectively.  

Assuming a hydroxyl surface coverage of 5 OH nm
-2 

[3], the approximate molar concentration of surface 

hydroxyl groups can be determined.  Assuming that 

one SPEI molecule reacts with one hydroxyl surface 
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group, the amount of SPEI needed for each particle 

type was 5.80, 2.03, 0.8 and 0.5 vol%, for 16, 26, 71 

and 100 nm particles, respectively.  The SPEI was 

added dropwise with vigorous mixing, and the pH 

was reduced to 4.5 with acetic acid.  Flocculation 

occurred with the addition of SPEI which was 

dispersed by sonicating for 15 minutes (Model 8848, 

Cole-Parmer, Vernon Hills, IL).  The suspension 

was mixed for an additional 45 min.   

 After functionalization, the suspensions 

were purified.  The  16 and 26 nm particles were 

dialyzed with regenerated cellulose dialysis tubing 

(Fisher Scientific, Waltham, MA), with a nominal 

pore size of 4.8 nm which retains materials with a 

M.W. of 12,000 g/mol or higher.  The suspension 

was dialyzed in DI H2O until the conductivity 

remained constant with time, typically four days.  

The suspensions were diluted to 0.1 vol% in DI 

H2O. 

 The larger particles, 71 and 100 nm, were 

centrifuged at 7,500 RPM for 15 minutes and 5,500 

for 10 minutes, respectively.  The supernatant was 

removed, an equivalent amount of DI H2O was 

added, the particles were redispersed and centrifuged 

again to “rinse” the particles.  Finally, the particles 

were redispersed in DI H2O and diluted to achieve 

0.1 vol% solids.   

 

2.4 Particle Deposition on Fibers 

 

 The SPEI functionalized particles had a 

positive charge, and the fibers, even when GPS 

functionalized, had a negative charge, in water in the 

pH range of interest.  The pH was adjusted to 7.0 

using KOH and HNO3.  The opposing electrical 

potential caused the particles to spontaneously 

deposit on the surface of the fiber.  However, to 

achieve optimum surface coverage, it was necessary 

to add salt.  KNO3 was added to the suspensions at 

concentrations of 0.75, 0.75, 0.015, and 0.05 M for 

16, 26, 71 and 100 nm silica, respectively.  The 0.1 

vol% SPEI functionalized silica suspensions were 

heated to 85°C, and the GPS functionalized fibers 

were submerged for 60 s.  The fibers were then 

rinsed with DI H2O to remove any residual salt.  The 

optimum conditions for surface coverage (KNO3 

concentration, pH, particle volume fraction, and 

submersion duration) were determined by 

systematically varying each variable independently, 

then making qualitative observations from scanning 

electron microscope (SEM) (JSM 7000, JEOL, 

Akishima, Japan) images.    

 

2.5 Single Fiber Composite Specimen 

Preparation 

 

 Individual fibers were suspended across a 

dog-bone style silicone mold, shown in Fig. 1. A 

stoichiometric amount of EP-828 and mPDA were 

mixed for 10 minutes at 800 RPM at 75°C.  0.8 ml 

was pipetted into the mold cavities and cured at 

75°C for 2 hours and post cured at 125°C for an 

additional 2 hours.   

 

2.6 Single Fiber Fragmentation Test 

 

 A dog-bone sample was placed a miniature 

tensile test frame (St. John’s Computer Machine, St. 

John’s, MI), which was mounted to a microscope, 

shown in Fig. 2.  Tensile strain was applied at 0.003 

mm/mm minute.  Generally, fiber fragmentation 

started at a strain of 8% and reached the critical 

length, lc, at 10%.  The fiber critical length is the 

minimum fiber length for which sufficient shear 

stress transfer can occur to cause fiber failure and is 

equal to 4/3 the average fiber length, lm.  The 

samples were strained to 12%.  At least 5 samples 

were tested for each system; 10 samples was typical.  

After straining, a 25mm slide cover was placed on 

the sample to act as a consistent measure of the 

gauge length, and the fiber breaks were counted. 

 The IFSS was determined using the Kelly-

Tyson model [19], where the IFSS is the maximum 

shear stress , τ, and is given by: 

c

cf

l

d

2

,
   

where σf,c is the tensile strength of the fiber, and d is 

the fiber diameter.   

 

3 Results and Discussions 

 

3.1 Surface Coverage as a Function of pH 

 

 By controlling the electrostatics of the 

particles and fibers, it is possible to control the 

extent of particle coverage on the fibers.  The amine 

groups of the SPEI cause the functionalized particles 

to take on a positive surface charge, and the 
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hydroxyl groups on the E-glass fibers cause the 

fibers to have a negative surface charge, in water, 

over a large pH range.  Thus, when the fibers are 

submerged in a suspension of SPEI functionalized 

particles, they will spontaneously deposit to the fiber 

surface.  To determine the optimum pH, GPS 

functionalized fibers were dipped in 0.1 vol% 100 

nm SPEI functionalized silica suspensions with pH 

varied from 4.4 to 9.2; afterwards the surfaces were 

imaged with SEM.  Representative micrographs are 

shown in Fig. 3. A pH of 7 gave the best surface 

coverage.  

 

3.2 Surface Coverage as a Function of Salt 

Concentration 

 

 Adjusting the pH was not sufficient for 

obtaining a monolayer of particles, assumed to be 

the optimal case.  Fig. 3b shows the large 

interparticle spacing on the fiber surface.  This large 

spacing is caused by the electrostatic repulsion 

between particles, preventing the deposition of close 

neighbors.  The range of electrical potential is 

related to the Debye length, κ
-1

 , or the “screening 

length;” it is the distance from the particle surface 

over which the electrical potential has fallen to 1/e 

(0.378) of its surface potential.  It can be calculated 

by: 

    √
     

       
 

where ε is dielectric constant of the medium, ε0 is 

permittivity of free space, k is the Boltzmann 

constant, T is the temperature, e is the protonic 

charge, z is the valence of the background electrolyte 

and n∞ is the number density of the electrolyte.  

Thus, by adding an electrolyte, such as KNO3, the 

range of electrostatic repulsion can be reduced, then, 

by Brownian motion, the particles can approach and 

occupy areas near particles already on the surface, 

increasing the surface coverage of particles on the 

fiber surface.  KNO3 was chosen as an electrolyte 

because neither ion specifically adsorbs to the fiber 

or particle surfaces.   

 The optimum salt concentration was 

determined for each particle size by systematically 

varying the concentration, coating GPS 

functionalized fibers, and making observations using 

SEM.  An example of the surface coverage 

dependence on electrolyte concentration is shown in 

Fig. 4, where the KNO3 concentration is varied from 

0 – 0.75 M.  The optimum KNO3 concentrations for 

16, 26, 71 and 100 nm particles were 0.75, 0.75, 

0.015 and 0.05 M, respectively.  Example 

micrographs of the particle coating on fibers, for 

each particle size, using the optimum KNO3 

concentration, are shown in Fig. 5.  For the two 

smallest particle sizes, the volume of electrical 

double layer was sufficient to cause depletion of 

bulk concentration, necessitating large amounts of 

KNO3.   

   

3.3 Interfacial Shear Strength 

 

 The strength of the bond between the 

polymer matrix and glass fibers was determined by 

single fiber fragmentation tests.  It is understood that 

removing the fiber sizing decrease the strength, and 

treating with silanes increases the strength, however 

the manufacturer’s reported value for strength was 

used in the calculations.  The fiber diameters were 

determined via SEM.  The IFSS for as received, bare 

(desized), GPS functionalized, SPEI functionalized 

and GPS functionalized with 16, 26, 71 and 100 nm 

SPEI functionalized particles are shown in Fig. 6.  

These results, and others discussed in the next 

section, are also tabulated in Table 1.  

 There was no apparent change in IFSS when 

the sizing was removed, because the fiber ultimate 

strength was reduced from micro-damage inflicted 

during handling, (which would typically be 

prevented by the sizing) while increasing the 

adhesion.  Although sizings contain adhesion 

promoters, they also contain processing aids that 

reduce the IFSS relative to a bare fiber.    

 Treating bare fibers with GPS increased the 

IFSS by 20% as it forms a crosslinked interphase 

covalently bound to the matrix, affording good 

adhesion.  The SPEI functionalization increased the 

IFSS as much as GPS, as it also covalently bonds to 

both the fiber and matrix.  This is fortuitous because 

changes in IFSS in systems with SPEI functionalized 

particles can be attributed to the addition of particles 

to the interphase, not simply a change in surface 

chemistry.   

 The 26 nm SPEI functionalized silica 

particles on GPS functionalized fibers increased the 

IFSS 32% over bare fibers, and 10% over GPS 

fibers, with no particles.  This improvement was 

attributed to an increase in the toughness and 
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modulus of the interphase while still permitting good 

bonding between the matrix and fiber.   

 The 71 and 100 nm particles decreased the 

IFSS 5% and 26%, respectively, when compared to 

GPS functionalized fibers.  These larger particle 

sizes likely decrease the toughness of the interphase 

and act as surface flaws, decreasing the adhesive 

strength.  

 The 16 nm particles decreased the IFSS 6% 

compared to GPS functionalized fibers.  If the 

particles were too small to significantly affect the 

interphase it would be expected that the IFSS would 

be an intermediate value between the GPS and SPEI 

functionalized fibers.  However, surface treating 

fibers with the particle suspensions invariably 

introduces imperfections, mostly in the form of 

aggregates, that reduce the IFSS.  An example of 

these aggregates, indicated with arrows, for 16 nm 

particle coated fibers is shown in Fig. 7.  

 SPEI functionalized 26 nm particles were 

also deposited on sized and bare fibers.  The IFSS of 

these systems, and the same fiber functionalizations 

without particles, are shown in Fig. 8, and given in 

Table 1.  It was postulated that the 

poly(ethyleneimine) on the particles could 

covalently bond to the epoxy rings on the GPS 

functionalized fibers.  If this bonding was 

significant, the increase in IFSS for SPEI particles 

on GPS functionalized fibers would be greater than 

SPEI particles on bare and sized fibers.    

 Depositing the functionalized 26 nm 

particles on sized and bare fibers increased the IFSS 

13%, in both cases.  With GPS functionalized fibers 

the IFSS was increased 10%.  Therefore, covalent 

bonding between the fiber and particles did not 

significantly contribute to the IFSS.  The 

improvement in IFSS with the addition of 26 nm 

particles was solely the result of increasing the 

interphase modulus and toughness.   

 

3.4 Micromechanical Failure 

 

 Transmitted, visible light microscopy 

images were taken of the fiber ends, after a single 

fiber fragmentation test.  The images permit 

qualitative assessment of the adhesive strength 

between the fiber and matrix.  An example, showing 

the fiber ends of GPS fibers and GPS fibers with 26 

nm SPEI particles is shown in Fig. 9. 

 A debonded region near the fiber end can be 

seen in Fig 9a.  The addition of 26 nm SPEI 

functionalized particles to the interphase increased 

the adhesion between the fiber and matrix, 

preventing debonding.  Optical micrographs were 

taken of all systems studied.  Systems with a low 

IFSS showed large debonded regions, while systems 

with high IFSS showed less or no debonding.   

 

4 Conclusions  

 

 Trimethoxysilane modified 

poly(ethyleneimine) functionalized silica 

nanoparticles can be an effective means to improve 

the interfacial shear stress transfer between E-glass 

fibers and a matrix of m-phenylenediamine and the 

BADGE epoxy EP-828.  Using functionalized 26 

nm particles on a GPS functionalized fiber the IFSS 

was increased 32% over bare fibers, and 10% over 

GPS functionalized fibers.  The IFSS is highly 

sensitive to particle size, small particles (16 nm) 

have little effect on IFSS while larger particles (71 

and 100 nm) can reduce the IFSS significantly.  The 

improvement in IFSS was likely caused by an 

improvement in interphase modulus and toughness.   

 Obtaining uniform, dense coverage of the 

SPEI functionalized particles on the fiber surfaces 

was achieved by carefully controlling the 

electrostatics.  The pH was adjusted to 7, to achieve 

a strong negative surface charge on the fibers and a 

strong positive surface charge on the functionalized 

particles.  Varying amounts of KNO3 were added to 

reduce the range of electrostatic repulsion between 

the particles, increasing the surface coverage on the 

fibers, leading to monolayer coverage. 
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Figures 

 

 
Fig 1. A schematic of a dog-bone sample; the 

dimensions are in mm 

 

 
Fig 2. The miniature tensile test frame, mounted to a 

transmitted light microscope 

 

 
Fig 3.  SPEI functionalized 100 nm silica particles 

on a GPS functionalized fiber with a pH of a) 9.2, b) 

7.0, and c) 4.4 

 

5 μm  

a)

b)

c)
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Fig 4.  The change in surface coverage of SPEI 

functionalized 26 nm silica particles on GPS 

functionalized fibers with a KNO3 concentration of 

a) 0, b) 0.01, c) 0.05, d) 0.25 and e) 0.75 M.   

 

 
Fig. 5.  SEM micrographs of GPS glass fibers with 

a) 100 nm, b) 71 nm, c) 26 and d) 16 nm SPEI 

particles deposited on the surface, using optimum 

KNO3 concentrations 

500 nm

a)

b)

c)

d)

e)

5 µm 

5 µm 500 nm 

5 µm 100 nm 

5 µm 

a) 

b) 

c) 

d) 
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Fig 6. The IFSS for sized (as received), bare 

(desized), GPS functionalized, SPEI functionalized 

and GPS functionalized with 16, 26, 71 and 100 nm 

SPEI functionalized particles 

 

 
Fig 7. Aggregates on the surface of a fiber, deposited 

during coating of 16 nm SPEI functionalized 

particles 

 

 

 
Fig 8. IFSS values of sized, bare and GPS 

functionalized E-glass fibers with and without SPEI 

functionalized 26 nm silica particles  

 

Table 1.  The IFSS values and standard deviations 

for E-glass fibers, with different surface treatments, 

embedded in a matrix of mPDA and EP-828 

  IFSS [MPa] 
Standard 
deviation [MPa] 

Sized 9.0 0.9 

Bare 9.0 0.1 

GPS 10.8 1.4 

SPEI  11.1 0.7 

16 nm/GPS 10.1 0.6 

26 nm/GPS 11.9 0.4 

71 nm/GPS  10.3 0.4 

100 nm/GPS 8.0 0.6 

26 nm/bare 10.1 1.6 

26 nm/sized 10.2 0.6 
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Fig 9.  Optical micrographs of a GPS fiber a) 

without particle modified interphase and b) with a 

26 nm SPEI functionalized particle modified 

interphase  
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1 Abstract 

The recycling from advanced composites structures 

has so far been focussing on energy recovery or 

recovery of ground fibres via a pyrolysis process. 

This paper describes the recovering of fibres with 

their thermoplastics matrix through a novel process 

referred to as high voltage fragmentation or electro-

dynamical fragmentation. It could be demonstrated 

that a cradle-to-cradle re-use of composite materials 

is possible without significant loss in properties, 

based on complex structural components made from 

chopped thermoplastic composite tapes.  

 

2 Introduction  

Carbon fibre reinforced polymers (CFRPs) are most 

widely used in the aerospace industry for the 

production of large components and contributes to 

the fuel efficiency of the new generation aircrafts. 

However the end-of-life of such materials represents 

a major challenge to this industry. European 

legislation assigns the responsibility for disposing of 

end-of-life materials [1] to the manufacturer. Their 

current approach is to landfill the components or 

dispose the retired aircrafts in desert graveyards [2]. 

Currently over 2000 aircrafts reside in such 

graveyards and over 5000 commercial airliners are 

to be expected to be withdrawn from service over 

the next 20 years [3]. 

 

2.1 Recycling approaches for end-of-life of CFRP 

components 

It has been shown that  the main energy in most 

manufacturing scenarios is actually attributed to the 

manufacturing of the carbon fibre itself [4]. It is 

therefore the most valuable constituent to recover. 

One recycling solution is to remove the 

thermosetting matrix from the carbon fibres by 

thermal pyrolysis. New methods are being 

developed in order to increase the quality of the 

recovered carbon fibres by critical water oxidation 

or micro-wave pyrolysis [5]. The recovery of  the 

thermoset matrix is much more difficult as the cross-

link reaction of epoxy resins and amine hardeners is 

generally considered as a non-reversible reaction 

leading to an infinite network of covalent bonds .In 

contrast to thermoset composites, carbon fibre 

reinforced thermoplastic polymers have an inherent 

potential for recycling by re-melting and hence re-

processing the matrix [6]. Thermoplastics matrix 

systems such PEEK (polyetheretherketone), PES 

(polyethersulfone) or PPS (polyphenylenesulfide) 

exhibit mechanical properties close to the best 

thermoset polymers. The authors have developed 

processes based on thermoplastic CFRP tapes to 

compression mould complex load bearing parts [7]. 

Such parts have the potential to replace complex 

metallic fittings. 

 

2.1 High voltage fragmentation 

One novel approach to separate a composite into its 

constituents is high voltage fragmentation (Fig. 2),  

also referred to as electro-dynamical fragmentation 

in literature. The method was already investigated in 

the 1960s at Tomsk Polytechnic Institute in Russia 

[8] and has found applications in mining to separate 

and extract crystals from rocks. This is achieved by 

electrical discharges through or near the specimen to 

be decomposed. The (usually brittle) materials are 

placed in water between electrodes; high voltage 

pulses, typically between 100 to 200 kV, are applied. 

The voltage has to be higher than the actual 

breakdown voltage of the material to be fragmented, 

but lower than the surrounding water. This is 

achieved by keeping the pulse time below 5 μs   

(Fig. 1). The temperature along the plasma channel 

in the discharge will rise up to 10000°C and will 

evaporate material to a certain extend along its path; 

the main fracturing mechanism is however attributed 

to the high pressure peak of up to 10
4
 MPa occurring 

RECYCLING OF HIGH PERFORMANCE THERMOPLASTIC 

COMPOSITES WITH HIGH VOLTAGE FRAGMENTATION 
 

M. Roux
1
,
 
C. Dransfeld

1,
*, N. Eguémann

1,2
, L. Giger

1,2
  

1
 Institute of Polymer Engineering, University of Applied Sciences and Arts Northwestern Switzerland, 

Windisch, Switzerland, 
2
 Cross Composite AG, Steckborn, Switzerland 

* Corresponding author (clemens.dransfeld@fhnw.ch) 

 

Keywords: Thermoplastic composites, carbon fibre, PEEK, chopped tapes, recycling,  

high voltage fragmentation, electro dynamical fragmentation 

ICCM19 4776

mailto:clemens.dransfeld@fhnw.ch


along the discharge channel. This value being larger 

than the strength of most materials, the resulting 

shock wave will lead to a fracturing of surrounding 

materials. 

  

The physics of fragmentation and hence separation 

of different constituents is based on several 

mechanisms: In the case of inclusions with higher 

permittivity, the electrical discharge will be attracted 

to follow the boundary separating the inclusion from 

the rest. Furthermore, material inhomogeneities also 

lead to stress concentration on its boundaries, which 

attracts the crack tip during fragmentation. Cracks 

propagated from a discharge can branch around an 

inclusion especially when the mechanical properties 

differ from the surrounding material. 

 

This method is finding increasing interest in 

recycling and recovery of rare earth metals in urban 

electronic waste [8], however little is known on 

application on composites, mainly being limited to 

trials on electric circuit boards [9], as they 

represented one of the early high volume markets for 

composites materials. The separation of polymer 

based materials systems is more challenging 

particularly if their fracture toughness is very high. 

In the case of rubber systems liquid nitrogen has 

been used to lower the temperature below its glass 

transition point to reduce the fracture toughness 

[10], the success was however limited due to the low 

electric breakdown strength of liquid nitrogen. 

Fig. 1 Breakdown field strength from rock and water 

in function of voltage rise time, above 500 ns, water 

has a lower value than the rock, (from[8]modified). 

 In the context of this work, this method has been 

applied for recycling carbon fibre reinforced 

thermoplastic polymers. In spite of the high 

toughness of these matrix systems, the presence of 

fibres and resulting high orthotropy might 

nevertheless be beneficial for a fragmentation. 

 

      
Fig. 2 Principle of high voltage fragmentation. The 

material immersed in water. The discharge pulses 

pass through or near the material 

 

3 Materials and Methods  

3.1 Load introductions made from thermoplastics 

composites based on chopped tapes 

Typical metallic load introduction in CFRP 

structures have drawbacks: Aluminium has to be 

protected from galvanic corrosion from carbon 

fibres through cost intensive precautions. Titanium 

is not subjected to galvanic corrosion but is very 

costly as a raw material and expensive to machine. 

Last but not least steel is penalised by its high 

density. So far the use of CFRPs for load 

introductions has been limited because it is very 

difficult to represent complex geometries based on 

the common fibre alignment and layered structure 

associated to woven respectively non-crimp fabrics. 

 

We have addressed this problem by developing a net 

shape manufacturing process for complex load 

introductions for thermoplastic composites based on 

chopped tapes. One component used for 

demonstration in the scope of this study was a 

rotorcraft door hinge from a well-known civil twin 

engine helicopter, which was redesigned for this 

new process. The base materials used in this process 

was unidirectional tape (supplied by Suprem SA) 

made of AS4 carbon fibre in a PEEK matrix at a 

fibre volume content of 55%. This tape was chopped 

to 10 respectively 20mm length. 

 

The manufacturing process consists of the following 

steps. The chopped tapes are filled into the cavity by 

gravimetric dosing; the mould is inserted into a press 
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with a variothermal heating and cooling unit. The 

cavity is heated above the melt temperature of the 

polymer (approximately 380°C for PEEK) while an 

equivalent cavity pressure between 50 to 150 bar is 

applied. After a consolidation phase the mould is 

cooled to demoulding temperature. The overall cycle 

time is about 40 min at laboratory scale. The effects 

of chips size effect and processing conditions was 

investigated in detail by the authors [11]. By 

exploiting the specific properties of the CFRP as 

well as benefiting from an added design freedom, a 

weight reduction of 80% was achieved compared to 

the original steel hinge. 

 

Fig. 3 Compression mould cavity for the CFRP 

rotorcraft hinge. 

 

3.2 High Voltage fragmentation process 

The specimens where subsequently recycled with 

the use of a high voltage fragmentation lab unit by 

Selfrag AG. The fragmentation is operated by 

putting the specimen in a closed vessel using 3 to 4 

litres of water. Fragmentation carried out with 150-

200 pulses. The fragments where ordered in size 

fractions by filtration and separated from residues. 

Large fragments where re-submitted to 

fragmentation. The operation was repeated until the 

yield of fragments in the desired size was 

maximized (Fig. 6).  

 

 

Fig. 4 Compression moulded CFRP rotorcraft door 

hinge. 

These fragments (Fig. 5) were subsequently 

reprocessed to new parts with the identical 

variothermal compression moulding process 

described above. 

 

 

 

Fig. 5 Left: virgin chips. Right: chips resulting from 

high voltage fragmentation 

 

Fig. 6 From left to right: Effects of fragmentation on the thermoplastic CFRP with increasing number of pulses. 
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3.3  Characterization of recycled products 

A scanning electron microscope (SEM) was used in 

this study in order to visualize fracture surfaces and 

the composite tapes before and after recycling. 

The CFRP hinges were tested in a specific support 

(Fig. 7) using the 4 mounting holes, the force and 

displacement were recorded.  

 

Fig. 7 Testing configuration of the rotorcraft door 

hinges. The proof load was 2172 N. 

4 Results and Discussion  

4. 1 Fragmentation process 

The electrodynamic fragmentation was carried out in 

a batch process with short cycles to remove powder 

and small particles. This is due to the fact that 

fragmentation speed increases with smaller fragment 

size due to the increased specific surface (for 

discharge attack) which would lead to very uneven 

fragment size distribution. This processing aspect 

would be solved with continuous sieving in an 

industrial setup. The different fragment size fraction 

where therefore treated individually to give a size 

distribution close to the original chips.  

 

The specific phases of the fragmentation process are 

shown in Fig. 9:  The parts are first attacked on the 

edges mainly due to field enhancement effects, 

referred to as the weakening phase. Afters some 

surface defects are present, discharge will go 

through the part leading to delamination the 

delamination phase, the associated increase in 

surface then leads to the actual fragmentation phase 

with the maximum yield. As correct size fragments 

are removed by sieving, the yield is reduced in the 

final ending phase, where remaining larger 

fragments are quickly reduced. 

 

It could be expected that fragmentation would 

reconstitute the actual chips geometry. This is not 

the case. The interlaminar adhesion between layers 

is so strong that the fragmentation process also leads 

to some extend of failure next to the expected 

delamination. The resulting fragments are therefore 

Fig. 8 SEM picture of a fragment after electrodynamic fragmentation (a), Fragment surfaces with fibre still 

covered with thermoplastic polymer (b) and with very clean fibres free of polymer (c) 
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smaller than the original chips and are typical 

composed from several through thickness chips 

layers and therefore have a different aspect ratio 

compared to the original chips (Fig. 6). 

 

The analysis of the fragment in SEM (Fig. 8) 

nevertheless showed that many fibres have 

maintained their original length (a). Some areas 

showed small residues of polymer remaining after 

fracture (b), while other showed clean fibres without 

any polymer (c). The latter is possibly associated to 

the high local temperatures from the discharge. 

 

Fig. 9 The principal phases of the fragmentation 

yield versus the number of pulses applied to the part. 

(A) weakening, (B) delamination, (C) fragmentation 

and (D) ending. 

A direct comparison from fragment to virgin types 

as shown on Fig. 11 and Fig. 10 suggests that 

polymer is removed from the fragment surface 

independently from the physics of the fragmentation, 

as fibre surface becomes visible in spite of the 

polymer residues present. 

 

4.2 Compression moulding hinges from recycled 

fragments 

The recycled fragments where selected by sieving a 

fraction with dimensional range from 0.5 to 4 mm. 

The manufacturing from hinges was executed with 

the same processing parameters as the virgin parts: 

The cavity was heated above the melt temperature of 

the polymer (approximately 380°C) while an 

equivalent cavity pressure between 50 to 150 bar is 

applied. After a consolidation phase the mould was 

cooled to de-moulding temperature. The overall 

cycle time was about 40 min. The exterior aspect of 

the hinges was similar than the parts made from 

virgin tapes. 

 

4.3 Mechanical testing of hinges made from 

recycled fragments 

 

The load bearing test on the demonstrator revealed 

that the mechanical properties of the door hinges 

made with recycled thermoplastic composites were 

comparable to the ones made with virgin chopped 

tapes (Fig. 14). The strength of the recycled door 

hinges reached about 80% of those made from virgin 

chopped tapes. 

 

The decrease of mechanical properties in the 

recycled part is attributed to two effects i) chips 

coming from fragmentation are shorter than the 

original ones, ii) moreover, the discharge led to an 

removal of the polymer at the surface of a fragment 

Fig. 11 Virgin tapes where carbon fibres are 

entirely covered with polymer matrix 

Fig. 10 After fragmentation, polymer is removed 

from the fibres lying on the outer surface of the 

fragment. 
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(Fig. 13 and Fig. 12). This fact correlated to the 

observation made on the fragment previous to 

processing. The reduction of polymer content on the 

fragmented and reprocessed part was confirmed by 

measuring a slightly higher fibre volume content. 

This explains in a decrease of adhesion between 

fragments in the final part. 

 

5 Conclusion  

It could be demonstrated that high voltage 

fragmentation is a suitable method for recycling high 

performance carbon fibre reinforced thermoplastic 

polymers, offering the potential of reuse of materials 

from cradle to cradle. Fragments can be reprocessed 

to parts with limited loss in properties. These origin 

losses could attribute to the reduction of polymer 

content on the fragment surface. Future work will 

address the detrimental effects of the reduction of 

polymer content on the surface of the fragment and 

will aim on transforming the batch fragmentation 

process to a continuous process. 

 

Thermoplastics composites have previously been 

identified as good candidates for replacing metallic 

parts in aerospace applications. The perspective to 

recycle such materials cradle to cradle offers a new 

potential for such materials under life cycle 

considerations. 

 

 

 

 

 

 

 

Fig. 12 Fracture of the original door hinge: Photo of the hinge bearing area (a), SEM picture of the fracture 

(b) and of aligned fibres with a chopped tape arrangement well embedded in polymer (c). 

Fig. 13 Fracture of the recycled door hinge: SEM picture of the fracture (a), area with randomly oriented fibres 

with poor polymer/fibre adhesion (b), overall view (c) and high magnification (d) of area with aligned fibres. 
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1 Introduction  
Accurate identification of composite materials 
constitutive parameters is a complex problem. Full-
field measurement techniques, such as Digital Image 
Correlation (DIC) and Digital Volume Correlation 
(DVC), have progressively spread in the field of 
mechanical properties identification of composites 
constituents. These techniques can provide 
displacement or strain fields on the surface or even 
inside opaque materials, subjected to external 
loadings. Thanks to the experimental availability of 
such rich information, several identification 
techniques, either in the form of an inverse problem 
like Finite Element Model Updating (FEMU) [1] or 
direct methods like Virtual Fields Method (VFM) 
[2] have been developed. The FEMU method has 
been widely exploited to determine mechanical 
constants of composites [3,4]. The method aims at 
iterative updating of input mechanical parameters 
into a Finite Element (FE) model so as to minimize 
the discrepancy between measured and numerically 
(FE) predicted displacement fields. 
The VFM, as it name implies, is developed based on 
principal of virtual work [5]. Assuming that the 
deformation field over the surface of material is 
known, the aim in the virtual fields method is 
writing the equilibrium equation of internal and 
external work using a set of admissible virtual 
displacement and strain fields. In the case of linearly 
elastic materials this equilibrium leads to a linear 
system of equation, through which the unknown 
parameters are directly identified. The identification 
procedure was first developed by Grédiac [6] and 
has been successfully applied for determining 
material constants from elastic as well as elasto-
plastic constitutive models [7,8]. The method has 
been applied to identify bending [9,10] and in-plane 
[11,12] properties of composite materials. Through-
thickness characterization of composites either with 

a linear elastic or a nonlinear behavior, have also 
been studied [13]. The VFM is favored over the 
other identification methods due to some 
advantages. Unlike inverse methods, the VFM does 
not rely on the finite element calculations and allows 
direct identification (no updating) of constitutive 
parameters. Furthermore, in contrast to the FEMU 
method, the VFM does not necessarily require an 
iterative optimization procedure and no initial values 
are required for identifying sought parameters. 
Moreover, the sensitivity to noise in the measured 
data is less than the other identification methods, as 
investigated for instance by Avril et al. [14]. This 
method exhibits however some drawbacks when 
dealing with composites whose constituents 
stiffnesses possess significant contrast, such as E-
glass-epoxy or carbon-epoxy composites, especially 
in the presence of noisy strain fields. These 
composites have higher-order heterogeneity of strain 
fields and the high contrast phenomenon might 
result in inappropriate solutions for the stiffer phase 
that undergoes much less deformation.  
An improved FEMU strategy, namely Regularized 
Model Updating (RMU) [15] was recently 
introduced by the present authors and was 
successfully validated by conducting several virtual 
experiments. Regularization constraints based on a 
micromechanical homogenization model was added 
to the optimization algorithm in order to nullify 
noise effects that may adversely influence the 
quality of identified parameters. It was indicated that 
adding regularization terms enhances significantly 
the efficiency of the identification procedure in 
comparison with FEMU method. 

In this study a new Regularized Virtual Field (RVF) 
methodology for the accurate mechanical parameters 
identification of composite materials constituents is 
proposed. The novelty of this approach is that 
mechanical constraints, consisting of a 
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micromechanical homogenization model, are used in 
an optimization problem to regularize solving the 
related system of linear equations of the virtual 
fields method. For the purpose of evaluating the 
performance of the proposed approach, it was 
applied to identify elastic properties of a 2D 
artificial aligned long fiber composite from noisy 
full-field measured strain fields. 

2 The Virtual Field Method  

The VFM is basically developed through writing the 
global equilibrium of a body subjected to a given 
load, with the principal of virtual work (PVW) [2]. 
The idea is to expand the PVW with a set of 
independent Kinematically Admissible (KA) virtual 
fields, and to build up a linear system of equations 
involving the unknown parameters. By introducing 
the stress-strain relation in homogeneous material as 

! i = Qij" j  (1) 

for plane stress problems the principle of virtual 
work can be written as 

Qij
S! " j"i

*
ds = Ti

l! ui
*
dl      ∀ u* KA (2) 

where Qij’s are the components of the in-plane 
stiffness matrix, u* is the virtual displacement field, 
ε is the full-field measured strain field, ε* is the 
virtual strain field, S is overall surface of specimen 
and T is applied forces acting on its boundary. In the 
case of linear homogenous materials the matrix form 
of stress-strain constitutive equation is as below 
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(3) 

For the case of linear elasticity, having the following 
relations between stiffness matrix components  

Qxx = Qyy , Qxy = Qyx  

 Qss =
(Qxy !Qyx )

2
 

 

(4) 

the principal of virtual works can be written as 

Qxx (! x
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(5) 

If as many different virtual fields as there are 
unknown parameters be chosen, Equation (1) leads 
to the following linear system of equations (general 
form):  

 AQ = B  (6) 

where A is a square matrix and B is a vector whose 
components are the virtual work of the applied 
forces. The vector of unknown parameters Q can be 
determined by solving the above linear system.  
The choice of an appropriate set of virtual fields is 
one of the key-points for obtaining satisfactory 
identified parameters. The related virtual fields are 
chosen so that the resulting equations be linearly 
independent. Depending on the geometry of the 
specimen and its actual boundary condition they can 
be chosen intuitively but satisfy some requirements.  
Firstly, they have to be differentiable and have C0 
continuity. In addition, they must be Kinematically 
Admissible i.e. be null over a portion of specimen 
where the displacement boundary condition is 
applied for supporting and therefore distribution of 
external loading is unknown. 

3 Homogenization model  

The micromechanical homogenization models  relate  
the composite constituents properties to its overall 
properties. The Mori-Tanaka [16] homogenization, 
as one of the most accurate models has been chosen 
to be used in this study. According to this model, the 
stiffness tensor C of a two-phase linearly elastic 
composite can be expressed as  

C = C
0
+ c(C

1
! C

0
) :D  (7) 

where C0 and C1 are the stiffness tensors of the 
matrix and the fibers, respectively, c denotes the 
volume fraction of the fibers and D is the strain 
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localization tensor given by  

D = T
1
: (1! c)T

0
+ cT

1( )
!1

 (8) 

where T0 = I (identity matrix), and T1 can be 
expressed as follows: 

T
1
= I + S

1
:C

0
!1

: (C
1 ! C 0

)"
#

$
%

!1

 
(9) 

Note that S1 is Eshelby’s tensor and, for the aligned 
and continuous fiber composites, is only a function 
of the matrix Poisson’s ratio. 

4 The Regularized Virtual Fields (RVF) method 

The linear system of Eq.(6) in VFM is often solved 
by matrix inversion method. The other alternative is 
to solve the system of equation through an 
optimization procedure, i.e. minimization of the 
following least square objective function:  

R(Q) = (AQ
(k )

! B
(k )
)
T
.(AQ

(k )
! B

(k )
)

(k = 1,2,...,M )
 

 

(10) 

where the value of M is equal to the number of 
virtual fields (unknown parameters). The key idea 
herein is to add a set of mechanically relevant 
constraints to the minimization of R(Q) so that the 
predicted effective properties from Mori-Tanaka 
homogenization model match those from 
experimental measurements. Hence, the RVF 
method aims at minimizing R(Q) subject to the 
following equality constraints:  

(!
i

MT
(Q) " !

i

exp
) = 0 (i = 1,2,...,N )  (11) 

Where λMT and λexp are the effective mechanical 
properties obtained from the Mori-Tanaka model 
and from the experimental procedure, respectively, 
and N is number of constraints. The imposed 
constrains define a feasible promising region for the 
updating parameters relying on the effective 
properties. Assuming that the composite's effective 
stiffness in the out-of-plane, i.e. z direction, is 
known and also depends on the fiber and matrix 
properties, the imposing constraints restricts the 
algorithm to follow some rational search directions 
during optimization. Therefore, adding a constraint 

for the out-of-plane stiffness when minimizing R(Q) 
can improve the accuracy of the identified 
parameters since additional physical information is 
added to the problem. 

5 Elastic properties identification of a 2D virtual 
composite using RVF method 

The methodology consisted first in generating a 
finite element model of an uni-directional long fiber 
composite, subjected to a set of boundary conditions. 
The computer-generated composite consisted of an 
isotropic matrix reinforced with randomly 
distributed infinite isotropic cylindrical fibers. Fig. 1  

 
Figure 1. 2D virtual composite  (volume fraction=5.5%) 

 

illustrates a cross section of this composite (volume 
fraction of 5.5%). Two different contrasts of elastic 
modulus were studied. The four reference elastic 
properties (elastic modulus and Poisson's ratio of 
fibers and matrix), being closely related to E-glass-
epoxy (Ef/Em=21) and carbon-epoxy (Ef/Em=100) 
composites, are presented in Table 1.  
Table 1. Reference elastic properties 

Composite Ef (GPa) νf Em (GPa) νm 

A 74 0.2 3.5 0.35 

B 350 0.2 3.5 0.35 

Subscripts f and m in Table 1 refer to fibers and 
matrix, respectively. 

The resulting displacement fields from simulated 
composites were used to deform an artificial image 
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to obtain a pair of deformed and underformed 
images. The images were generated using analytical 
function of discrete Fourier transform. This allowed 
defining the deformed image by calculating the 
discrete values, hence avoiding any interpolations 
and the related errors.  
A digital image correlation algorithm [17] was then 
used to measure the strain fields from artificial 
images. The applied DIC algorithm was based on an 
Improved Spectral Approach (ISA) that reconstructs 
continuous displacement fields from their Fourier 
basis functions. Thanks to the Fourier-based 
formulation, the algorithm leads to fast and accurate 
measurements using Fast Fourier Transform (FFT). 
Furthermore, the continuum-based framework on 
which the algorithm is developed enables more 
reliable measurements than those obtained by the 
subset-based algorithms. The strain fields were 
derived from measured displacements, which were 
then considered as the "measured" strain fields in 
this study. 
For the purpose of evaluating the robustness of the 
RVF approach, a set of noisy measured strain fields 
representative of real experiment conditions was 
simulated. The standard deviation of measurement 
error was used as an estimation of uncertainty 
between measured and FE strain values. For 
generating noisy strain fields Gaussian white noise 
with two different noise levels was added to the 
input image prior to strain measurements, and 
consequently a set of noisy measured data with 
standard deviations of 2% and 10% of mean strain 
values were generated. Fig. 2 shows the measured 
strain fields in both x and y directions (εx and εy) 
with the noise level of 2%.  
The regularization constraints presented in Eq.(11) 
requires the constant values of effective properties 
(λexp) during optimization process. The experimental 
effective properties of the composite were computed 
from FE model. Real composite specimens are 
usually large enough to be considered as 
Representative Volume Element (RVE) of a larger 
structure. In the finite element model of a rather 
small volume however, a RVE must be determined 
so that the model contains minimum heterogeneity. 
A RVE study was therefore performed where the 
evolution of the composites effective properties was 
evaluated as a function of the number of meshed 
fibers and for a number of realizations. The RVE 

size was determined by convergence of elastic 
modulus value.  

 
a) strain in x direction (εx) 

 
b) strain in y direction (εy) 

 
Figure 2. Measured strain fields with noise level of 2%;  
a) εx  and  b) εy 

 
Characterization of the long fiber composite was 
performed by applying both VFM and RVF 
methods. The aim of both algorithms was to retrieve 
the reference elastic properties of composite 
constituents that were initially input to generate the 
"measured" strain fields. The constitutive materials 
for both phases are assumed to be isotropic. 
Knowing that the whole material is not 
homogeneous, for factorizing the sought parameters 
out of the surface integrals (see Eq.(5)), the overall 
surface of composite (S) is split into S-S' and S' i.e. 
matrix and fibers subregions, respectively. Hence, 
denoting Qxx, Qxy and Q'xx, Q'xy the stiffness 
components over S-S' and S', respectively, Eq. (5) 
can be rewritten as 
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(12) 

Four KA virtual fields independent from each other 
and compatible with the presented boundary 
condition must now be chosen. Regarding the 
biaxial loading condition, where the distribution of 
loading is known throughout the boundary of 
material, the virtual displacements u*(i) and the 
corresponding strain fields ε*(i) are defined by  

u
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As it can be seen, all of the virtual displacement 
fields indicated above possess the required 
conditions, i.e. they are differentiable and also have 

C0 continuity. Using these virtual fields and 
assuming identical dimensions of composite in x and 
y directions (Lx = Ly =L), the following system of 
equation is established from  Eq.(12)  
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The linear system indicated in Eq.(17) was solved 
through matrix inversion (VFM) as well as using a 
constrained optimization procedures (RVF method) 
in order to determine the stiffness components.  
With respect to Eq.(10), the least square objective 
function of the problem was developed from the four 
constitutive equations of linear system Eq.(17). 
Hence, the following constrained optimization 
problem was solved in the RVF method to identify 
the stiffness components 

min R(Q) = (AQ(k ) ! B(k ) )T .(AQ(k ) ! B(k ) )

Subject to

(El

MT (Q) ! El

exp ) = 0

(" lt

MT (Q) !" lt

exp ) = 0

#

$
%

&%

 

 

 

(18) 

where subscripts l and t indicate the out-of-plane and 
in-plane directions, respectively and the values of 
El

exp and νlt
exp were obtained from RVE size of the 

composite using the related FE mesh. 
The RVF identification was applied to the full-field 
measured data of the composite using Mesh 
Adaptive Direct Search (MADS) optimization [18] 
method. MADS is a frame-based global optimization 
algorithm for solving nonlinear problems without 
having any derivative information. The method is 

ICCM19 4788



known to be quite robust for optimization problems 
with nonsmooth objective functions subjected to 
nonsmooth constraints.  
The stiffness components obtained from VFM was 
considered as initial solution at the beginning of 
optimization process in the RVF identification. At 
each iteration the numerical values of the constraints 
were evaluated after substituting new material 
parameters into the Mori-Tanaka model, and the 
feasibility of trial points was checked by equality 
constraints.  
The following relations directly relate the elastic 
mechanical properties of constitutive phases to the 
stiffness components 

!m =
Qxy

Qxx

, E
m
= Q

xx
(1!"

m

2
)  

! f =
Q 'xy

Q 'xx
 , Ef = Q 'xx (1!" f

2
)  

 

(19) 

For numerical validation, the first sets of strain data 
processed in the identification were those obtained 
directly from finite element simulations of the 
composite. The whole algorithm involved a 
blackbox that consisted of a main Matlab code and 
several subroutines associated to Mori-Tanaka 
homogenization model. The stopping criterion for 
the MADS algorithm was reached when a maximum 
number of 300 objective function evaluations was 
performed. 

4 Results and discussion  

Table 2 shows the obtained elastic properties of 
composite A with both VFM and RVF identification 
methods in different noise levels and also the 
corresponding errors resulted from each method. 

As it can be seen, when dealing with the strain fields 
of zero noise (FE data) the VFM results in a 
relatively accurate set of parameters except for the 
poisson’s ratio of fibers which has the maximum 
value of error. By applying the RVF algorithm the 
mentioned error is decreased and the same quality of 
results are acquired for the other parameters. It is 
clear that the accuracy of matrix parameters is 
generally higher than that of fibers. When dealing 
with the strain fields with noise level of 2%, among 
the parameters identified by VFM the fibers 
parameters are more influenced by noise effects than 

Table 2. The identified parameters of composite A with VFM 
and RVF identification methods 

Properties Ef (GPa) νf Em (GPa) νm 

Targets 

Method/Noise level 

74 0.2 3.5 0.35 

VFM / FE data 

(rel. error) 

75.9 

(2.6%) 

0.223 

(11.5%) 

3.49 

(0.3%) 

0.350 

(0%) 

RVF / FE data 

(rel. error) 

71.6 

(3.3%) 

0.185 

(7.5%) 

3.47 

(0.6%) 

0.352 

(0.6%) 

VFM / 2% 

(rel. error) 

69 

(6.7%) 

0.219 

(9.5%) 

3.45 

(1.4%) 

0.350 

(0%) 

RVF / 2% 

(rel. error) 

72 

(2.7%) 

0.193 

(3.5%) 

3.43 

(2%) 

0.351 

(0.3%) 

VFM / 10% 

(rel. error) 

82.3 

(11.2%) 

0.125 

(38%) 

3.40 

(2.8%) 

0.360 

(2.8%) 

RVF / 10% 

(rel. error) 

72.18 

(2.4%) 

0.208 

(4%) 

3.43 

(2%) 

0.350 

(0%) 

 

the matrix parameters. This is because of high strain 
field heterogeneity between two phases, which 
makes the less compliant phase, i.e. the fibers, to 
undergo much less deformation. The RVF 
identification however leads to more accurate 
results. It should be noted that due to the biases 
caused by the applied constrains, the accuracy of 
matrix parameters might be slightly degraded in 
RFV identification comparing with VFM, which is 
negligible. By increasing the noise level to 10%, the 
relative errors of VFM solutions are increased. As it 
can be observed, in comparison with the matrix 
phase parameters that are only slightly affected by 
noise effects, the noise level has much more 
influence on the fibers phase and less accurate 
parameters are obtained. In contrast, by applying the 
RVF method, thanks to the mechanical constraints 
effects, the accuracy of the identified properties is 
considerably improved, especially for the fiber 
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mechanical properties. It can be seen that the relative 
errors for all parameters are negligible.   

The identified elastic properties of composite B with 
higher contrast of properties using both 
identification methods are also presented in Table 3.   

Apart from the first set of results obtained from 
exact FE strain fields, in the presence of different 
levels of noises the VFM yields appropriate set of 
matrix parameters such that they are relatively close 
to the target values. The fibers properties however 
are significantly affected by increasing the noise 
level. As it can be seen, the relative errors of fiber 
properties associated to composite B is grater than 
the similar case in composite A.  This is because of 
the fact that the stiffer phase herein undergoes much 
less deformation than in composite A.    

 
Table 3. The identified parameters of composite B with VFM 
and RVF identification methods 

Properties Ef (GPa) νf Em (GPa) νm 

Targets 

Method/Noise level 

350 0.2 3.5 0.350 

VFM / FE data 

(rel. error) 

332.1 

(5%) 

0.197 

(1.5%) 

3.47 

(0.9%) 

0.351 

(0.3%) 

RVF / FE data 

(rel. error) 

342.96 

(2%) 

0.173 

(13.5%) 

3.56 

(1.7%) 

0.353 

(0.9%) 

VFM / 2% 

(rel. error) 

310 

(11.5%) 

0.165 

(17.5%) 

3.48 

(0.6%) 

0.349 

(0.3%) 

RVF / 2% 

(rel. error) 

350.1 

(0%) 

0.235 

(17.5%) 

3.54 

(1.1%) 

0.347 

(0.9%) 

VFM / 10% 

(rel. error) 

221.6 

(36.7%) 

0.342 

(71%) 

3.4 

(2.8%) 

0.336 

(4%) 

RVF / 10% 

(rel. error) 

347.5 

(0.7%) 

0.255 

(27%) 

3.45 

(1.4%) 

0.343 

(2%) 

 

It can also be observed that the RVF method is 

significantly less sensitive to noise effects and also 
yields solutions with much lower uncertainties when 
compared with VFM method.   
The same undesirable bias created by imposed 
constraints exists again herein. The matrix properties 
accuracy degradation however is negligible.  
In comparison with Regularized Model Updating 
(RMU) method [15], despite both methodologies 
leads to a rather same quality of results, the RVF 
identification is accomplished in a significantly 
lower calculation time. 

Conclusions  

In this study, a new Regularized Virtual Field (RVF) 
methodology was developed with the aim of 
improving constitutive parameters identification of 
composites in terms of accuracy and computing 
time. The novelty of the approach was that the VFM 
system of equations was solved in an optimization 
framework so that a set of mechanical constraint 
consisting of a micro-mechanical model was 
included as regularization scheme. 

For the purpose of evaluating the performance of the 
proposed algorithm, it was applied to the noisy 
measured strain fields of 2D virtual composites with 
different contrasts of constitutive phases mechanical 
properties. The efficiency of the identification 
method was compared to that of VFM in the 
presence of noise. Validation on numerical test cases 
indicates that adding mechanical constraints 
enhances the efficiency of VFM, when dealing with 
high contrast composites which inherit high-order 
heterogeneity of strain fields. Results demonstrate 
that the average accuracy of the constitutive 
parameters identified by RVF method is much 
higher than the VFM especially regarding fiber 
properties. In addition, its low sensitivity to noise 
effects directly characterizes the robustness of this 
new technique. 
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Abstract 

The use of carbon fibre reinforced polymers 

(CFRP) is growing significantly in all areas of 

lightweight construction. Nevertheless, the bonding 

performance for this material is well reduced 

because of the contamination with release agents or 

the relatively thick resin film occurring during the 

manufacturing process. To achieve full bond-

strength, adhesion of the adhesive to the components 

is essential; this can only be accomplished by 

adequate surface pre-treatment. One innovative 

method of surface pre-treatment is the application of 

laser radiation to achieve a selective removal of 

resin without impairing the fibres. Therefor a 

UV-laser with the wavelength of λ=308nm and a 

NIR (near infrared) laser with a wavelength of 

λ=1064nm were used to pre-treat specimens 

manufactured from 120°C curing epoxy prepreg 

systems. To evaluate the influence of the laser 

parameters on the surface topography optical and 

SEM analyses of the surfaces have been performed. 

Lap-shear specimens have been pre-treated bonded 

with an one-component epoxy film adhesive and 

tested. The laser pre-treated specimens achieve the 

same bond strength as references prepared by 

manual abrading. Furthermore the mechanisms of 

interaction between laser radiation and matrix 

material as well as fibres are discussed considering 

the different heat deposit and absorption behaviour 

of the emitted radiations. 

 

1 Introduction  

The present high demands for lightweight 

vehicles and eco-friendly transportation can be 

complied with by the use of CFRP. However, the 

advanced properties of these materials can only be 

utilized if they are not used like “black metal sheets” 

and if design and especially joining technology are 

adapted. Thermosets like epoxy still build a major 

part of deployed matrix material. Typical methods 

for structural joining of CFRP parts are bolting and 

riveting, which require bores that locally cut the 

fibres leading to decreased strength. Additionally, 

the holes result in local stress step-ups that make 

oversizing necessary. Therefore a joining technology 

that enables the designing engineer to fully capitalise 

the advantage of light weight construction is 

required. However, the bonding performance for this 

material is well reduced because of the 

contamination with release agents or the relatively 

thick resin film occurring during the manufacturing 

process that inhibits a direct application of force into 

the reinforcements. To achieve full bond-strength, 

adhesion of the adhesive to the components is 

essential; this can only be accomplished by adequate 

pre-treatment of the surfaces. Common methods for 

pre-treatment are the using of peel-plies, manual 

abrading or grit blasting. These methods have 

several disadvantages that necessitate the use of an 

alternative method. One innovative method for the 

pre-treatment of CFRP is the application of laser 

radiation to achieve a selective removal of resin 

without impairing the fibres. With this selective 

removal it is possible to achieve a direct application 

of force into the reinforcements and in the same time 

to remove the contaminations like a release agent. 

Former investigations show that one of the most 

important parameters is the absorption of the 

radiation, which defines the portion of energy 

deposit within the material and the penetration depth. 

As a result of that an excimer laser with a 

wavelength of λ=308nm was used to pre-treat 

specimens manufactured from curing epoxy prepreg 

systems which are currently applied in aviation 

industry. 
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On the other hand a solid state laser with laser 

radiation in the near infrared range with an 

absorption behavior not near as good as a UV laser 

was used because of the robustness and the 

versatility of these types of laser sources. This paper 

describes the application of laser radiation for the 

removal of surface contaminations and discusses 

potential deterioration caused by the pre-treatment 

process. The aim is to achieve a reliable process of 

surface pre-treatment of CFRP laminates. 

 

2 Pre-treatment of CFRP 

State-of-the-art for pre-treating CFRP parts 

before adhesive bonding are abrading, different 

blasting processes or the use of peel-plies. The 

disadvantages of e.g. manual abrading are mainly 

the low process speed and the fact that the process is 

mostly performed wet, which means that sub-

sequent rinsing and drying is necessary. Further-

more, grit-blasted surfaces are often contaminated 

with residues and dust which in turn makes further 

cleaning necessary. For aerospace parts 

manufactured today, peel-ply is often used for 

surface pre-treatment. Peel-ply ensures a 

reproducible roughness and a more or less clean 

surface. However, because peel-plies have to be 

laminated into the parts this method increases 

manufacturing efforts and is also not applicable for 

repair bonds. Furthermore, peel-ply surfaces show 

varying thicknesses of the resin layer. In Figure 1, 

the resulting surface conditions referring to a 

contaminated surface with e.g. a release agent are 

displayed. 

Especially since the late 80s of the 20th 

century, various works have been performed in the 

area of laser pre-treatment of bulk and reinforced 

polymers. Different wavelengths from the UV [1,2], 

visible green [3] near IR [4,5] to the far IR [6] have 

been tested and the effects on bond strength 

described. Since there is a wide range of laser 

sources as well as of different composite materials 

(matrix, reinforcing fibre material and length) and 

also a rapid development in both sectors, further 

research in this sector is still required.  

 

3 Laser CFRP interactions 

The difficulties in machining with conventional 

tools inspire the use of alternative machining 

technologies with the twofold objectives of 

achieving high machining speed and product 

reliability and at the same time preventing the 

damage of the material. Lasers, as non-contact and 

wear-less machining tools, exhibit unique 

advantages in processing anisotropic and 

inhomogeneous materials like CFRP. Nevertheless 

the fact that polymers used as matrixes are 

characterized by vaporisation temperature and 

thermal conductivity of one or two orders of 

magnitude lower than carbon fibres leads to 

extended thermal damages. These aspects are clearly 

evidenced in Table 1 which lists the thermal 

properties of three common polymer matrixes with 

respect to the ones of carbon fibres. 

 

Table 1 

Material Conductivit

y 

[W/mK] 

Densit

y 

[gcm
3
] 

Specific 

heat 

[cm
2
/s] 

Epoxy 

resin 

0.1 1.21 1884 

PPS 0.29 1.66 795 

PEEK 0.25 1.32 320 

Carbon 

fibre 

50* 1.85 710 

 

The result of the interaction between laser 

radiation and material depends on various 

parameters, like wavelength, intensity, time of 

interaction, absorption, beam profile, topography of 

treated surface, etc. and is quite complex. Therefore, 

a detailed estimation of the surface activation has to 

be evaluated for each considered application. One of 

the most important parameters is the absorption resp. 

transmission of the laser radiation, which defines the 

portion of energy deposited within the material and 

which defines the penetration depth. 

Figure 2 displays the transmission rate for 

various matrix materials in dependence of the 

incident laser radiation. The absorption can be 

described by the Lambert-Beer law (1) 

 

I(z)=I0·e
-z

 (1) 

 

with I=Intensity, =absorption coefficient and 

the depth of the laser radiation z, thus the intensity 

of the laser radiation decreased in correlation with 

the penetration depth. The reciprocal of the 
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absorption coefficient is so called the light 

penetration depth. The values for the coefficient and 

this penetration depth are listed in Table 2. 

 

Table 2: Absorption coefficient and the 

penetration depth of different laser radiations 
 308[nm] 355[nm] 1064[nm] 10600[nm] 

α [1/m] ~46000 ~46000 931.6 26491.6 

1/α [µm] 22 22 1073 37 

 

A second important parameter for the surface 

activation is the photon energy of the radiation, 

which continuously rises with shorter wavelength. 

For a chemical activation of the surface, the photon 

energy has to be larger than the inter-molecular 

forces of the material (1-photon-absorption). This 

means that this type of surface activation is favoured 

by a short wavelength in the UV range. In addition 

the absorption behaviour can be considered as a 

surface absorption. The above mentioned chemical 

surface activation or rather a bond breaking of the 

molecules of both, fibres and matrix, can be realized 

by the large photon energy of the UV radiation 

(3.49eV), which is often described as cold ablation. 

Actually the photochemical-thermal nature of this 

bond scission is frequently argued as reported by 

Sato and Nishio [8]. The authors suggested that both 

photochemical and thermal mechanisms, the last due 

to energy release by excited molecules, contribute to 

the ablation process. The ablation depth per pulse 

(Dtotal) is then given by the sum of two terms 

Dphotochemical and Dthermal: 

 

Dtotal==
1
/∝ ln(

ED
/EDth)+A·exp(

-EDth
/RT) (2) 

 
where ED is the energy density [J/mm

2
], α the 

absorption coefficient and EDth the threshold energy 

density. At low ED, thermal effects are negligible. 

At higher ED these effects become significant and 

derive from the Arrhenius law, being A a constant 

depending on the process boundary conditions, T the 

temperature, and R the gas constant. Starting from 

this theoretical consideration the ED threshold 

values of both matrix and carbon fibres were 

determined experimentally for a PEEK/carbon fibre 

material. Experiments have been carried out ablating 

grooves on a thin PEEK film as a common polymer 

and on a pure fibre lamina, perpendicularly to their 

orientation. A threshold value of about 5mJ/mm2 

can be experimentally derived for PEEK which is 

two orders of magnitude lower respect to the one 

estimated for the carbon fibres [2]. This 

phenomenon explains the complexity of the ablation 

process which must ensure enough energy to remove 

the fibres and prevent heat damage of the matrix as 

well. In addition the two different ablation 

thresholds allow a selective excavation of the fibres 

from the adherent matrix material by means of a 

precise control of the process parameters. The 

selective removal of the matrix material provides an 

adhesive strength improvement because of the direct 

application of force into the reinforcements. 

A detailed consideration of laser radiation in 

the NIR range shows that the photon energy is too 

low for a chemical activation and the absorption is 

very low. The results with the N-IR laser system 

show that parameters could be chosen to ensure 

complete removal of the resin layer although the bad 

absorption behavior of NIR laser radiation in the 

resin. But the risk of fibre damaging and 

delamination in the material by driving too much 

thermal energy into the material is shown in 

Figure 3.  

In contrast, the UV laser radiation is absorbed 

by the resin layer and the ablation occurs from the 

surface so there is no delamination in the material. 

Nonetheless the application of a higher amount of 

laser pulses leads to adhesion failure which might be 

caused by damaging the seizing. 

 

4 Experimental and Materials  

This paper describes results gathered with the 

application of UV laser (λ=308nm) and NIR laser 

(λ=1064nm) radiation. In case of the NIR laser 

radiation a typical laser machining set up with 

galvometer driven scanner as shown in Figure 4 is 

used. 

The laser machining set-up for the NIR laser 

consists of the laser source (a), beam shaping device 

(b), galvometer scanner (c), f-theta lens (d) and xyz-

axis system (e). The two galvometer driven mirrors 

in scanning head allows the high beam deflection up 

to 5,0m/s and the f-theta lens enables the laser 

material ablation in a planar work field. In the case 

of the laser machining of CFRP or rather the 

selective ablation of a matrix, the process is realized 

by hatching the area with parallel laser lines with a 

meander shape. If necessary the hatching direction 
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was alternated 0°-90° for every couple of layers in 

order to flatten the ablated surface, thus neglecting 

the influence of the fibre orientation on the depth of 

the cavity. 

In case of the UV laser the specimens were 

irradiated with a Coherent excimer laser 

LPXpro 305 at a wavelength of 308 nm and a pulse 

duration of 28 ns. Both axes of the excimer laser 

beam were independently shaped to achieve a large 

per-shot processing footprint of 30 mm x 1.8 mm. 

Employing a dual-axis beam homogenizer, a 1 % 

rms overall line field fluence homogeneity was 

preserved during processing.  

A 120 °C curing aerospace composite material 

(prepreg – based, unidirectional (UD) HTS carbon 

fiber reinforced) was selected. The specimens were 

used as UD laminates with a thickness of 2 mm. 

They were manufactured in a closed mould inside a 

press according to the materials technical data 

sheets. The lower surface was covered with release 

film to prevent adhesion to the mould. A release 

agent (Marbocote TRE, solvent-based, containing 

polysiloxane) was applied to the top half of the 

mould to create surfaces with a selected level of 

release agent residues. The adhesive bonds were 

manufactured using a one-component epoxy-based 

film adhesive with a curing temperature of 120 °C 

and a nominal thickness of 241 µm. The lap shear 

specimens were cured in a jig that ensures constant 

overlap and avoids tilt of the adherends. Testing of 

the lap shear specimens was performed according to 

DIN EN 1465 with a testing speed of 5 mm/min. 

 

5 Results  

The effect of the surface pre-treatment methods 

on the bonding strength of CFRP-CFRP bonding 

was investigated by using the abovementioned lap 

shear strength test (DIN1465).The single lap shear 

tests show first of all complete adhesion failure (AF) 

at a low bond strength for the untreated specimen 

which vividly demonstrates the necessity of surface 

pre-treatment (Figure 5). 

The abraded references show complete 

cohesive failure (CF) inside the adhesive at bond 

strengths in the magnitude of the achievable values, 

which are given by the strength of the adhesive 

itself. The specimens treated by the N-IR laser with 

a wavelength of 1064 nm show nearly complete 

cohesive failure inside the adherends (CSF). 

Nevertheless, the specimens achieve bond strengths 

nearly in the magnitude of the references. The 

specimens treated with the UV laser show complete 

cohesive failure (CF) inside the adhesive at bond 

strengths in the magnitude of the achievable values 

like the reference. 

 

6 Conclusion  

The presented investigations on the surface 

pre-treatment of CFRP for adhesive bonding by 

using UV and NIR laser radiation show that, with 

both wavelengths, the strength of the abraded 

references can be achieved and thus the full potential 

of the bonds can be utilized. Furthermore, the 

demand for pre-treatment has been shown by the 

complete adhesion failure and the low bond strength 

of the untreated specimen. But with the NIR laser 

the process window is very small and the risk of 

damaging the material and of delamination is far too 

high. 

Anyway, both laser sources, the solid-state 

laser as well as the excimer laser show a high 

potential for industrial applications for the bonding 

pre-treatment of CFRP. The area rate for the excimer 

laser is in the magnitude of up to 10 m²/h, the one 

for the 20 W solid-state laser about 1 m²/h. Both 

processes are scalable with the power of the laser 

source. 
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Figure 1: A contaminated Surface (a) and the 
resulting surface of three surface treatment 
methods (b-d) 
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Figure 2: The transmission rate for various 

matrix materials in dependence of the incident 

laser radiation 
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UV-laser treated surface

IR-laser treated surface

UV-laser treated surface

IR-laser treated surface  
Figure 3: Delamination in the material of N-IR 

laser treated specimen 
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Figure 4: A galvometer driven scanner controlled 

laser set-up with a) laser source, b) beam shaping 

device, c) galvometer scanner, d) f-theta lens and e) 

xyz-axis system 
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Figure 5: The maximum shear strength of an 

untreated and different surface pre-treated specimens 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Carbon fibre reinforced polymers (CFRPs) have 
developed into a core lightweight structural 
technology, underpinning major engineering 
applications, primarily in aerospace [1].  
Fatigue design methodologies for composite 
laminates are not well established: life prediction is 
complicated by multiple damage modes, including 
fibre/matrix debonding, matrix cracking, 
delamination, and fibre breaks [2,3]. Damage 
behaviour and interacting mechanisms have been 
extensively investigated, using different approaches, 
resulting in various modeling strategies for 
predicting fatigue life [e.g. 4-16]. However, these 
activities have not hitherto identified distinctly the 
mechanisms responsible for fatigue damage 
initiation, and subsequent growth or those, which 
result in ultimate failure and determine fatigue life, 
based on physical observations. This lack of 
understanding is complicated by the inability to 
directly inspect critical internal damage processes 
using optical and/or electron microscopy.  
Improvements on this situation have been achieved 
recently by the availability of high resolution 
computed tomography, which allows the imaging of 
damage down to the scale of individual broken 
fibres [17]. Various non-destructive techniques have 
been employed to detect fatigue damage in 
composites; ultrasonics to evaluate delamination 
[18-20], acoustic emission to monitor the formation 
and growth of damage [21-24], and thermography to 
correlate damage and strain [25,26]. These methods 
have their individual intrinsic limitations, such as the 
inability to provide direct information on type, size 
and orientation of damage, to resolve fine-scale 
(fibre/matrix debonding and fibre breaks), and to 
provide a three-dimensional representation of 
damage. X-ray Computed Tomography (CT) is now 

established as a powerful technique for 
contemporary material science studies, allowing 
multiscale analysis (macro, micro, meso and nano) 
of structure and behaviour to be performed [27-32]. 
It has been demonstrated that a voxel resolution in 
the order of one micrometre is reasonable to detect 
and distinguish primary damage modes in 
composites [33].  
In the case of fibre-reinforced polymers, X-ray CT 
has been used to evaluate the local volume fraction 
and orientation of reinforcement [34], voids and 
internal damage in glass/epoxy [35,36], and fibre 
fracture of quartz/epoxy bundles [37]. Damage of 
CFRPs under impact and quasi-static loading has 
been assessed in previous work using Synchrotron 
Radiation Computed Tomography (SRCT) imaging, 
evidencing multiscale interacting 3D failure 
processes [38-40]. However, to the best of the 
authors’ knowledge, there are no high resolution CT 
investigations on fatigue behaviour for composite 
materials.  
In this work, in situ SRCT imaging has been 
exploited in carbon/epoxy cross ply laminates to 
characterize micromechanical fatigue behaviour and 
to quantify damage.  Comparison with the results of 
a previous study conducted by Moffat et al. [41] on 
damage growth in quasi-static loading of the same 
material system has been carried out.  
 

2 Materials and methods 

M21/T700 carbon/epoxy prepreg (nominal volume 
fraction of fibre 60%), with a [90/0]s layup, was 
investigated. The material was laid up and auto-
clave cured using a standard aerospace cure cycle as 
specified by the material supplier.  Double-edge 
notched specimens, with a gauge length of 66 mm 
and width of 4 mm, were prepared from the 
laminated plates, using waterjet cutting.  Two semi-
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circular notches, of radius 1 mm were introduced 
during the water jet cutting, leaving a nominal net 
section between the notches of 2 mm.  Aluminum 
tabs were attached to facilitate loading, as reported 
by Wright et al. [40], Fig. 1. The average ultimate 
tensile failure stress (σf) was previously evaluated, 
reporting a value of 960 MPa across the net section 
[40]. Tensile fatigue tests, with sinusoidal 
waveforms and load ratio of R=0.1, were performed 
using two load levels, corresponding to 30% and 
50% of σf respectively at a frequency of 10 Hz, and 
up to 104 load cycles.  Fatigue cycling was carried 
out using a servo-hydraulic load frame equipped 
with hydraulic grips. After fatigue load was applied, 
specimens were scanned at the Swiss Light Source 
using synchrotron X-ray radiation. In situ loading 
experiments were performed on the TOMCAT-
X02DA Beamline, Paul Scherrer Institut, Villigen, 
Switzerland. The distance between specimen and 
detector was set to 30 mm, providing a degree of 
phase contrast (edge detection regime).  The beam 
energy was 19 KeV (multilayer, bandwidth of the 
order of a few percent). Specimens were placed in 
the load frame on the rotating stage, and two load 
sequences were recorded, corresponding to the 
unloaded and loaded state respectively. During each 
tomographic scan, 1500 projections were collected 
on a 2048 x 2048 pixels detector, through a rotation 
of 180˚. The exposure time for each radiograph was 
150 ms, resulting in a scan time of approximately 4 
minutes.  

An isotropic voxel resolution of 1.5 µm was 
achieved, a value, which is considered reasonable to 
inspect damage at the level of individual fibres and 
toughening particles.  

 
Fig.1. Geometry and dimensions of the in situ specimen 
(a), detail of the notch zone (b), and specimen with tabs 

bonded (c). 

 
Two scans were conducted for each specimen and 
load level in order to extend the field of view along 
the sample length to capture all of the damage. 
Three-dimensional reconstruction was obtained from 
radiographs using an in-house code based on the 
GRIDREC/FFT approach [42].  
Fatigue damage was studied using the commercial 
software VG studio Max v2.1. Initially reconstructed 
volumes were analyzed by inspecting orthogonal 2D 
slices. Bright fringes around the cracks (see Fig. 2b) 
resulting from phase contrast were exploited to 
identify cracks, particularly where these were 
narrow.

 

              
Fig.2. Three dimensional rendering of fatigue damage modes (a), slide perpendicular to the loading direction within the 

notch zone (b).  
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Defining a region of interest around the damage and 
applying a semi-automated segmentation technique, 
based on the seed-growing algorithm [33], damage 
was segmented, as shown in Fig. 2a, where the bulk 
composite material has been set as semi-transparent 
and the crack volumes coloured by type. Segmented 
crack volumes were separately extracted and 
quantified in terms of crack length, crack opening 
displacement (COD), and crack shear displacement 
(CSD). Specifically, ImageJ was employed to 
binarize the crack volume by the Max Entropy 
threshold method [43]. Data obtained has been 
processed using Matlab routines to describe the 
crack profile shape; the average split length, the 
COD corresponding to the root and to the tip of the 
splits.  
 

3 Results and discussion 

3.1 Fatigue damage 

Segmentation allowed three-dimensional fatigue 
damage to be characterized, providing the 
identification of the different damage types, their 
location and shape. Observations have shown the 
presence of intralaminar and interlaminar damage at 
both high and low load levels. Fig. 3 illustrates 
intralaminar damage, consisting of transverse ply 
cracks and splits. Transverse ply cracks initiate in 
the 90˚ ply around the notch, develop from one side 
to the opposite across the ply thickness, and increase 
in number with the increasing load. In the 50% σf 
loading case some transverse ply cracks do not 

completely propagated across the ply thickness, 
initiating from the specimen edges. 

 
Fig.4. Damage modes interaction at the interface with 

confluence of 0˚ splits, delamination and transverse ply 
cracks; CT slide in the xy plane (a), and 3D segmentation 

of the damage types (b). 

 

Splits originate from the notch and propagate 
parallel to the load direction within the 0˚ ply. 
Increasing load level resulted in an increase in split 
length, which exceeded the field of view for the 50% 
σf load state, Fig. 3b. Splits do not advance evenly, 
see Fig. 3a, being affected by the presence of resin 
rich regions which contain the majority of 
toughening particles. Isolated fibre breaks were 
observed along the splits, most of them associated 
with fibres misaligned with respect to the loading 
direction. 

 

 

Fig.3. Three dimensional intralaminar fatigue damage for 30% σf (a) and 50% σf (b). 
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Delamination has been detected at the ply interfaces; 
these represent zones of particular interest due to the 
damage interaction with toughening particles, Fig. 4. 

 

3.2 Micromechanical characterization  

It has been observed that damage propagation 
depends on the microstructure, which determines the 
crack path development across the ply thickness. A 
0° split, obtained by loading to 30% σf, is shown in 
three orthogonal cross-sections, in Fig. 5. Section 5a 
shows split occurring within a resin-rich region. 
Debonded toughening particles are clearly visible, 
which with their spacing determine the distance 
between echelon cracks oriented at approximately 
45˚ with respect to the loading direction.  

 

 
 Fig.5. 0˚ split growth for 30% σf fatigue loading 

observed at three sections along the loading direction (a), 
(b), (c), and their location through the ply thickness (d). 

 

Section 5b shows typical behaviour in a region with 
a higher local fibre volume fraction. Damage is more 
constrained compared with the resin rich regions, 
and as a consequence the crack surface is closely 
aligned with the loading direction. Section 5c 
depicts split growth in a large resin rich region. The 
micromechanical behaviour appears slightly 
different compared with the section shown in 5a, due 
to the presence of microcracks along the path split, 

which cut through toughening particles. Similar 
behaviour has been also detected for a load of 50% 
σf. Transverse ply cracks developed across the 90˚ 
ply thickness.  Fig. 6 shows a transverse ply crack 
section near the interface with the neighbouring 0° 
ply.  

 

 
Fig.6. Transverse ply crack near the interface for 30% σf 

fatigue load. 

 

Toughening particles have partially debonded and 
contribute to bridging ligaments across the crack. 
Misaligned fibres have also been detected across the 
transverse ply cracks; some of these act as bridging 
ligaments between the crack flanks; others are 
broken.  

 

3.3 Damage quantification 

Damage quantification has been conducted focusing 
on the evaluation crack length and crack opening 
displacement of splits using COD greyscale maps as 
shown in Fig. 7.  This follows earlier work [40,41] 
on splits propagated under quasi-static loading. 
Splits are not planar; however, the COD map 
represents a 2D projection of the split onto the plane 
of the 0° plies, obtained by summing the voxels in 
the through-thickness direction. Fig. 7a and Fig. 7c 
show the crack opening contour map of splits grown 
in fatigue loading at 30% and 50% σf respectively. 
Dark regions correspond to large values of COD, 
while white regions are uncracked. Fig. 7b and Fig. 
7d show corresponding transverse cross-sections of 
splits taken at 140 µm from the notch mid-plane. 
The COD greyscale maps in Fig. 7a and Fig. 7c 
show that the crack front advances further in regions 
with higher local fibre volume fractions. In resin-
rich regions toughening particles, interact with the 
damage, appearing to retard crack growth. This 
behaviour explains the very visible bands across the 
split shown in Fig. 7a. Close to the interfaces with 
the 90° plies, i.e. from 0 µm to 80 µm and from 400 
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µm to 450 µm, the less open, more retarded crack 
corresponds to resin rich regions near the interfaces. 
Another less open, more retarded resin rich region is 
located in the middle of the 0° ply, 180 - 280 µm, 
within which the echelon cracks are clearly visible 
along the split length.  
 

 
Fig.7. Crack opening displacement contours of splits for 
30% (a) and 50% σf (c) fatigue load; corresponding CT 

cross-sections along the ply thickness at a distance of 140 
µm from the notch mid-plane (b), (d). 

 
Between these resin rich regions, two high fibre 
volume fraction zones are present, from 80 µm to 
180 µm and from 280 µm to 400 µm, characterized 
by higher local crack opening and a jagged crack 
front.  
The COD map for an applied load of 50% σf was 
obtained by concatenating images from two adjacent 
segmented volumes, as shown in Fig. 7c. Similar 
behaviour to the lower load is observed; two resin 
rich zones within the split, from 60 µm to 100 µm 
and from 360 µm to 400 µm, interspersed with 
higher fibre volume fraction regions. However, at 
50% σf the damage propagation appears to be more 
homogeneous (crack extension is less locally 
pinned), with reduced bridging in the resin rich 
regions, particularly at the interfaces with the 90° 

plies. The change in crack front shape is in the first 
instance attributable to the increased delamination 
seen at the higher load level, which is expected to 
reduce the constraint on opening from the 90° ply. 
 

 
Fig.8. Average crack opening displacement along the split 

at 30% σf fatigue loading. 

 

Considering regions of interest at the tip and at the 
root of the split via the COD map, average values of 
COD have been evaluated. Results indicated values 
of COD decreasing towards the crack tip. Fig. 8 
displays this typical trend, obtained considering a 
region of interest that extends from root to tip of the 
split at 30% σf. 
 

 
Fig.9. Crack shear displacement evaluation: fibre breaks 

as reference features (a), and (b) schematic representation 
of the shear strains that develop in correspondence of 0˚ 

split. 
 

Crack shear displacement (CSD) associated with the 
0˚ split has been evaluated following the 
methodology of Toda et al. [44] using the occasional 
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fibre breaks along splits as reference features, as 
shown in Fig. 9. Measuring the displacement, along 
the fibre direction, between the two sections of the 
considered fibre breaks, CSD was obtained. 
Results indicated the dependence of CSD on the 
position along the split, decreasing with the distance 
from the notch. For 30% and 50% σf at a distance of 
450-550 µm from the notch mid-plane was found 
CSD of 8.86 µm (± 1.5 µm) and 16.21 µm (± 1.5 
µm) respectively.  
 

3.4 Fatigue and quasi-static damage comparison 

Qualitative analysis using 3D rendering of damage 
has demonstrated broadly similar behaviour between 
fatigue and quasi-static loading in term of crack 
location and shape. However, fatigue results in more 
extensive damage than quasi-static at the same peak 
load. In addition, delamination is not detected for 
these loads of quasi-static load whereas quite 
extensive delamination is observed in fatigue. In 
both quasi-static and fatigue a strong correlation 
between damage and microstructure was observed, 
suggesting a similar behaviour of split propagation 
in resin rich regions and high-fibre volume fraction 
regions.  
 

 
Fig.10. Comparison of micromechanical behaviour 

between quasi-static (a) [41], and fatigue (b). 

 

Fig. 10 displays a cross section of a split in a resin 
rich-region for quasi-static loading (Fig. 10a), and 
for fatigue (Fig. 10b); both cases loaded at 50% σf.  

The echelon cracks are much more apparent in the 
quasi-static loading case, as shown in, Fig. 10a. In 
cyclic loading the bridges between the individual 
cracks appear to have largely failed, presumably due 
to fatigue, resulting in more continuous cracks as 
shown in, Fig. 10b.  
 

 
Fig.11. Transverse ply crack near the interface induced by 

quasi-static load [41]. 

 

Similar behaviour is also demonstrated in 
comparisons of transverse ply cracks near the 0° ply 
interfaces, as shown in Fig. 6 (fatigue) and Fig. 11 
(Q-static). In fatigue the crack is more continuous 
with less bridging ligaments than observed in Q-
static loading. COD greyscale maps for quasi-static 
load have been evaluated by Moffat et al. [41] and 
are reproduced in this work to allow a quantitative 
comparison.  
 

 
Fig.12. Split crack opening displacement contours at 40% 

σf (a) and 50% σf (c) for Q-static loading [41]; 
corresponding CT cross-sections along the ply thickness 

at 140 µm from the notch mid-plane (b), (d). 
 
Fig. 12 represents a COD map in Q-static loading 
for equivalent peak loads to that used in fatigue. 
Split sections in the transverse plane are compared at 
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the same distance from the notch mid-plane as in the 
fatigue case. Direct comparisons can be made 
between the quasi-static (Fig. 12) and fatigue 
loading case (Fig. 7). The general features are 
similar between quasi-static and fatigue; however, 
the crack pinning in resin-rich regions containing 
toughening particles is clearly more effective in 
quasi-static loading. After fatigue loading the crack 
opening is more homogeneous across the split width, 
with less pronounced crack bridging in the resin rich 
regions. The crack front is also much less jagged, 
both in absolute terms and also when expressed as a 
fraction of the average crack length. 
Average COD values found by Moffat et al. [41], 
albeit on shorter splits, for quasi-static load 
correspond to 1-3 µm and 3-6 µm for 40% and 50% 
σf respectively.  As shown in Fig. 7 and Fig. 12 
fatigue splits are characterized by higher values of 
COD compared to quasi-static loading. This 
behaviour is consistent with fatigue degradation of 
the toughening mechanisms associated with the 
toughening particles. Similarly fatigue demonstrated 
a crack shear displacement of 16.21 µm (± 1.5 µm) 
at 50% σf, whereas for quasi-static a value of 8.4 µm 
(± 1 µm) was estimated for the same distance from 
the notch mid-plane [41].   

 

4 Conclusions 

SRCT has been demonstrated as an effective non-
destructive technique providing novel image 
analysis of fatigue. Similarities and differences at 
the micromechanical level between fatigue and 
quasi-static have been identified quantitatively. 
Interaction between damage and microstructure are 
seen to be broadly similarly, but with significant 
differences in terms of the incidence and extent of 
crack bridging and delamination that lead to an 
apparently reduced effect of toughening particles in 
fatigue. 
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1 Introduction 

Carbon-based materials are ideal for structural 
aerospace components because of their high specific 
strength and high specific stiffness relative to 
traditional aerospace metallic materials. Reactive 
carbon-based gases are common in the synthesis of 
carbon-based materials. Various reactive gas 
processes occur in the production of carbon-based 
material constituents like nanotubes, amorphous 
carbon films, and even soot particles formed from 
combustion. Electron beam deposition [1], chemical 
vapor deposition [2, 3], pulsed arc discharge 
deposition [4],  plasma deposition [5-8], pulsed laser 
deposition [9, 10], laser ablation, combustion [11, 
12], and ion beam irradiation [13] are all processes 
that are used in the manufacture of carbon-based 
materials where the source of carbon is a reactive 
carbon-based gas. Because of the wide range of 
processing methods and conditions that can be used 
to fabricate carbon-based materials, their 
development can be time-consuming and expensive. 

Molecular modeling can be used to greatly facilitate 
the development and design of carbon-based 
materials. Molecular models give detailed atomic 
information not easily obtained from physical 
samples, and they provide precise control over 
environmental variables in the simulation. 
Traditionally, researchers modeled atom-atom 
interactions using Molecular Dynamics (MD) with 
fixed-topology force fields where bonds are defined 
at the beginning of a simulation and remain fixed 
throughout the simulation. However, since bond 
dissociation and formation are critical steps in the 
formation of carbon-based materials from a reactive 
gas, a new generation of force fields, such as the 
recently-developed Reax Force Field [14] (ReaxFF), 
are required to simulate these material systems. The 

ReaxFF has the capacity to model bond dissociation 
and formation in carbon-based materials. 

In the ReaxFF, the potential energy is defined as a 
function of bond order with energy penalties for 
non-equilibrium configurations. Parameters for the 
ReaxFF functions are determined by first simulating 
reactions that are expected to occur in a system of 
interest using computationally demanding ab initio 
methods. ReaxFF parameters are then defined that 
minimize differences between the ab initio and 
ReaxFF potential energies. ReaxFF has been shown 
to accurately describe bond dissociation and 
formation for a variety of molecular systems and 
conditions including oxidation of hydrocarbons [15], 
catalytic formation of nanotubes [14, 16], shock 
waves in polymers [17], and many more carbon-
based systems [18-26]. However, a variety of 
ReaxFF force-field parameter sets and simulation 
parameters have been reported in these studies and it 
is unclear what parameter sets and simulation 
conditions should be used for carbon-based reactive 
gases.  

The objective of this study is to determine the 
modeling parameters necessary for the accurate 
simulation of carbon-based reactive gasses using the 
ReaxFF. A parametric study is performed by 
monitoring the response of six carbon-based reactive 
gas systems modeled using various simulation time 
steps, simulated temperatures, and ReaxFF 
parameter sets. A description of the ReaxFF is 
followed by a description of the parametric study 
modeling details. The results of the study indicate 
that there is a critical time step in which further 
decreases in the time step size result in identical 
simulation results. The results also indicate that the 
temperature and parameter set can have a significant 
effect on the simulation. 
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2 ReaxFF 

The molecular potential energy defined by many 
traditional force fields is composed of contributions 
from bond stretching, bond-angle bending, dihedral 
torsion, van der Waals interactions, electrostatics, 
and hydrogen bonding. With traditional force fields 
these energy contributions are directly dependent on 
the distance between the interacting atoms. The 
ReaxFF also contains these energy contributions. 
However, in ReaxFF, these terms are dependent on 
the bond order, which decreases to zero as the 
distance between the atoms is increased. In addition 
to these typical contributions, the ReaxFF has 
several additional energy terms to describe 
additional atomic interactions. The ReaxFF includes 
energy terms for conjugated systems, angles with a 
double bond, lone pair electrons, over- and under-
coordinated atoms, a special term for the C2 
molecule, and potentially other terms depending on 
the individual ReaxFF parameter sets. 

The time step required to get accurate results with 
the ReaxFF may be quite different than time steps 
used with traditional force fields. The time step is 
highly dependent on the stiffest portion of the force 
gradient experienced by the atoms during MD 
simulations. In traditional force fields the stiffest 
molecular interactions are often harmonic, which 
results in a constant stiffness for all deformation 
magnitudes. With the ReaxFF however, because 
bonds can break and form, the force between 
interacting atoms is non-linear. In addition, for 
specific molecular systems, like all-carbon systems, 
the force gradient can be much steeper than those in 
traditional force fields. Because of these factors, the 
selection of a MD time step that results in accurate 
predictions is not straightforward. As an example, 
consider the energy-deformation and force-
deformation curve of the bond in a C2 molecule 
shown in Figure 1 for both the ReaxFF and a typical 
harmonic alkene carbon-carbon bond. It can be seen 
that the energy slope near the equilibrium bond 
distance is much greater for the ReaxFF compared to 
the typical harmonic potential. It also shows that as 
the bond in the C2 molecule is stretched the slope of 
the ReaxFF force curve varies significantly away 
from the equilibrium distance, contrasted to the 
constant slope of the harmonic potential force curve. 
As a result, the maximum MD simulation time step 
size that is required for the ReaxFF is expected to be 

much smaller than for a traditional force field 
containing a typical harmonic bond.  

 
Fig. 1 Comparison of the potential energy and force 
gradient for the bond in a C2 molecule between the 

ReaxFF and a generic harmonic potential with 
stiffness of 549.0 kcal/mol and equilibrium bond 

distance of 1.34 angstroms 

With traditional force fields, once the system is near 
equilibrium the time step size can be verified by 
running a simulation in the micro-canonical 
ensemble. If the time step is too large the total 
energy of the system will not be conserved, typically 
increasing over the course of the simulation. In some 
simple cases this method can also be applied to the 
ReaxFF by temporarily modifying the parameter set 
to disable favorable reactions, causing the initial 
system to remain in equilibrium, acting like a fixed-
topology force field. However this only verifies 
portions of the force gradient found in the initial 
system. Once the reaction is allowed to continue 
new bonds and molecules will form that have force 
gradients that are not sampled.  

An alternative approach to verifying the time step 
size is to run simulations of identical systems under 
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PARAMETRIC STUDY OF SIMULATION PARAMETERS FOR MOLECULAR 
DYNAMICS MODELING OF REACTIVE CARBON GASES USING REAXFF 

identical conditions with different simulation time 
step sizes. There will be a critical time step in which 
the time step and all smaller time steps will result in 
the same response in the system. This approach has 
the advantage that it will sample all portions of the 
force gradient present at any time during the 
simulation. 

3 Parametric Modeling Procedures 

For this parametric study six different initial gas 
molecules were included. Three pure carbon systems 
were simulated; C, C2, linear C4; as well as three 
radical hydrocarbons; CH, C2H2 with both hydrogen 
atoms bonded to a single carbon atom, and C4H4 
shown in Figure 2. These small radical carbon and 
hydrocarbon molecules are expected to be present in 
various reactive gas manufacturing processes, 
possibly for only very brief time intervals. 

C

CH C2H2 
C4H4 

C4 C2 

 
Fig. 2 Initial gas molecules simulated 

Two ReaxFF parameter sets were used to model the 
reactions. The parameter set of Nielson et al. [14] 
(henceforth referred to as Nielson) was originally 
parameterized for reactions expected in nanotube 
formation and growth from transition metal atoms. 
This parameterization is well suited for small cyclic 
and acyclic carbon structures, graphite, various 
graphenes, various nanotubes, fullerenes, and 
hydrocarbon reactions. This parameter set is also 
well suited for reactions of carbon with single 
nickel, copper, and platinum atoms. The parameter 
set of Chenoweth et al. [4], henceforth referred to as 
Chenoweth, is parameterized for the reactions of 
small hydrocarbon molecules with oxygen.  

Three different temperatures were modeled as part 
of the parametric study. The responses of the 
reactive gasses at 300K, 1,500K, and 3,000K were 
predicted. This temperature range was selected 
based on the range of temperatures that carbon-

based structures can be exposed to during typical 
synthesis and operating conditions. The Berendsen 
thermostat was used to maintain the temperature in 
the MD models with a damping coefficient of 5 fs.  

Five different simulation time steps were selected: 
0.4 fs, 0.2 fs, 0.1 fs, 0.05 fs, 0.025 fs. These time 
steps encompass the range of typical time steps 
reported in the literature for a wide range of force 
fields. It is expected that time steps as large as 0.4 fs 
result in faster simulation times, but may cause 
divergent results. A time step as small as 0.025 fs is 
expected to take approximately 16x more cpu-hours, 
but will produce accurate simulations. It is expected 
that there is a critical time step between 0.4 fs and 
0.025 fs where further decreases in time step size do 
not change the simulation results. 

A three-dimensionally periodic MD simulation box 
was constructed for each feedstock molecule, 
parameter set, temperature, and time step 
combination. Each molecular simulation consisted 
of 90.0 angstrom sides with the initial molecules 
added into it until the total number of carbon atoms 
in the system reached 900, resulting in a total 
density of 0.02455 g/cm3 for the pure carbon 
systems and 0.02663 g/cm3 for the hydrocarbon 
systems. Each system’s initial state was equilibrated 
by running a NVT simulation of the system for 3 ns 
at the desired temperature with a fixed-topology 
force field with bond lengths similar to those of 
ReaxFF and with only the repulsive portion of the 
van der Walls term included. This step prevented the 
initial state from including high-energy coordinates 
such as overlapping atoms. The trajectories of the 
atoms were saved at 1 ns, 2 ns, and 3 ns; which were 
then used to establish three different simulation 
samples for each time step, temperature, parameter 
set and initial molecule combination, resulting in a 
total of 540 MD models. The fixed topology force 
field was then disabled and ReaxFF was enabled. 
Subsequently, the system energies were minimized 
and the simulations were run for 0.5 ns, 1.0 ns, or 
1.5 ns; whichever time interval was required for the 
reaction to complete. The system energies were 
recorded at regular intervals throughout each 
ReaxFF-enabled simulation. An example of an 
equilibrated system is shown in Figure 3. 
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Fig. 3 Equilibrated system of C2 molecules at 300K 

4 Results and Discussion  

An example of the influence of time step size on the 
simulated evolution of the reactive carbon gases is 
shown in Figure 4. It is clear in this figure that there 
is a maximum time step size in which the potential 
energy curves show close agreement (0.1 fs). For 
larger time step sizes, the corresponding potential 
energy curves diverge from these results. It is also 
clear from this figure that different simulation 
samples for a given set of parameters shows close 
agreement. For each combination of temperatures 
and feedstock molecules the corresponding 
maximum time step sizes are listed in Tables 1 and 2 
for the Chenoweth and Nielson parameter sets, 
respectively.  
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Fig. 4 Influence of time step on potential energies 
for a system of C4 initial gas molecules at 1,500K 

using the Chenoweth parameter set. 

Table 1 Maximum time step size (in femtoseconds) 
for various reactive carbon gases at different 

temperatures using the Chenoweth parameter set 

Molecule 300K 1,500K 3,000K 

C 0.1 0.1 0.1 

C2 0.1 0.1 0.1 

C4 0.1 0.1 0.1 

CH 0.2 0.1 0.1 

C2H2 0.2 0.2 0.1 

C4H4 0.2 0.2 0.1 

Table 2 Maximum time step size for various reactive 
carbon gases at different temperatures using the 

Nielson parameter set 

Molecule 300K 1,500K 3,000K 

C 0.1 0.1 0.05 

C2 0.1 0.1 0.05 

C4 0.1 0.1 0.05 

CH 0.2 0.1 0.1 

C2H2 0.2 0.1 0.1 

C4H4 0.2 0.1 0.1 

The data in Tables 1 and 2 indicates that for a 
majority of the simulated conditions, a time step of 
0.1 fs was sufficiently small to yield favorable 
results. The data also indicates that as the simulation 
temperature increases, smaller time steps are 
generally necessary for convergent results. For MD 
models with increasing simulation temperatures, the 
amplitude of vibration of single bonds increases. 
Therefore, it is expected that a larger portion of the 
nonlinear energy gradient is sampled over the course 
of the simulation which can cause time step errors to 
be more pronounced.  
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The data in Tables 1 and 2 also indicates that, in 
general, the pure carbon systems require smaller 
time steps than the hydrocarbon systems possibly 
because the higher mass of the hydrocarbon systems 
could alter the natural vibrational frequencies of the 
molecules and decrease the translational velocities, 
thus changing the time step size necessary for 
accurate simulation. 
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Fig. 5 Influence of temperature on potential energies 

for an initial gas of C atoms using the Nielson 
parameter set 

Figure 5 shows a typical response of simulation 
temperature on the evolution of carbon reactive 
gasses. The potential energy generally shows a more 
rapid approach to its equilibrium value for higher 
temperatures, indicating that the reaction rates 
increase with increasing temperature. Also, the 
results are precise based on the similar response of 
the three different simulation samples at each 
temperature. The same trends were observed for 
other initial gas molecules considered in this study. 
For the pure-carbon systems, the potential energies 
converged to -148 to -160 kcal/mol for the 
Chenoweth parameters and -160 to -180 kcal/mol 
with the Nielson parameters. For the hydrocarbon 
systems the potential energies converged to -108 to  
-120 kcal/mol using either parameter set. For all the 
pure carbon systems, the equilibrium structures are 
mostly long linear branched carbon molecules with a 
small number of stable cyclic C3 molecules as shown 
in in the top of Figure 6. The final structure of the 
hydrocarbon systems consisted primarily of short 
linear hydrocarbon molecules with hydrogen atoms 
terminating the ends of the carbon chains shown in 
the middle Figure 6. As discussed later some pure 

carbon systems formed large graphitic structures 
under critical conditions shown in the bottom of 
Figure 6. 

 
Fig. 6 Final structures for initial gas of carbon 

atoms at 3,000K with the Nielson parameter set on 
the top, an initial gas system of C2H2 at 3,000K with 
the Chenoweth parameter set in the middle, and an 

initial gas of C4 at 3,000K with the Chenoweth 
parameter set on the bottom 
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Fig. 7 Influence of parameter set on potential 

energies for initial gas of C2 and C2H2 molecules at 
1,500K 

Figure 7 shows the influence of the ReaxFF 
parameter set on the potential energies of an initially 
pure C2 system and an initially pure C2H2 system, 
both at 1,500K. From the figure it is clear that for 
the C2 system, the Nielson parameter set predicts 
faster reaction rates than the Chenoweth parameter 
set. Similar trends have been observed for the other 
pure carbon systems and the CH system at all 
temperatures. From Figure 7, it is also clear that for 
the initially pure C2H2 system, the predicted reaction 
rates for the two parameter sets are nearly identical. 
A similar trend was observed for the C4H4 system at 
all temperatures. 
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Fig. 8 Influence of initial gas molecules on potential 

energies using the Nielson parameter set at 300K 

Figure 8 shows a typical example of the influence of 
the initial gas molecule on the reaction rates of the 

molecular system. From the figure it is evident that 
the system that starts as single carbon atoms has the 
fastest initial reaction rate, which is likely due to the 
high potential energy of single carbon atoms relative 
to the other initial gases which can be seen in Figure 
8 at a time of 0 ns. Because of the high initial 
potential energy, there is a significant driving force 
to react very quickly to form C2, C3, C4, and higher-
order carbon structures. Also, since there are no 
bond vibrations for C, all of the kinetic energy in a 
single carbon atom is translational. As the single 
carbon atoms react to form higher-order carbon 
chains with more bonds, more of the translational 
potential energy is transformed into bond vibration 
potential energy. As the translational energy of the 
molecules decrease, the kinetic energy barriers to 
lower energy states become more difficult to 
overcome. It is also important to note that all of the 
pure carbon systems converge to a similar potential 
energy in the final state, regardless of the initial 
molecular type. The same observation can be made 
about the hydrocarbon systems. Therefore, the 
equilibrated system is not sensitive to the initial gas 
molecules. 
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Fig. 9 Phase transformation predicted in pure-

carbon systems as indicated by a sudden decrease in 
the relative potential energy near 0.25 ns. 

It is interesting to note that for the Chenoweth 
parameter set at 3,000K for all of the pure carbon 
systems, a phase transformation was observed at 
around 0.25 ns, as shown in Figure 9. This 
transformation is characterized by the formation of 
large graphitic particles, instead of the long linear 
carbon chains that the other simulation parameters 
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produced. It is expected that at the transition point a 
small ring forms which can act as a nucleation site 
for a larger graphitic structure. This finding is 
significant because it demonstrates the ability of the 
ReaxFF to predict the formation of similar carbon 
structures; such as graphite, buckyballs, and carbon 
nanotubes; with specific simulation parameters. 
Similar observations have been made using ab initio 
simulations [27, 28]. 

5 Conclusions 

The results in this study indicate that simulations of 
carbon-based reactive gasses using the ReaxFF are 
highly sensitive to the simulation parameters. In 
particular, it is clear that for pure carbon and 
hydrocarbon gasses simulated at 3,000 K a time step 
of 0.05 fs should be used, whereas for lower 
temperatures such as 300 K and 1,500 K, time steps 
of 0.1 fs are sufficient for accurate simulation. The 
results also indicate that the selection of parameter 
set may also have a significant influence on the 
simulation results. While the Nielson and 
Chenoweth parameter sets predict similar 
equilibrated potential energies, the reaction rates for 
the Nielson set are faster than those for the 
Chenoweth set for the pure-carbon systems. 
Although the Nielson and Chenoweth parameter sets 
usually result in simulations that predict the same 
equilibrated structures, it was observed that for pure-
carbon systems simulated at 3,000 K, the Chenoweth 
parameter set yielded the formation large graphitic 
structures that the Nielson parameter set did not. 
This may indicate that the Chenoweth parameter set 
may be more appropriate for MD simulations in 
which the growth of graphitic structures is 
investigated. 
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1 Introduction  

 

High surface energy nanoparticles are found to 

phase separate in organic polymer matrices, thereby 

compromising on promised property enhancements 

of the resulting polymer nanocomposites. One 

approach taken to alleviate this incompatibility is to 

graft polymer chains onto the particle surface. Yet, 

conventional homopolymer (=0) monomodal brush 

grafted particles have a narrow window for 

achieving good dispersions due to a delicate balance 

between the enthalpic screening of particle cores and 

entropic wettability of the grafted brush. A brush 

with low surface coverage (σ) exposes the particle 

surface, leading to the self assembly of fillers into 

anisotropic string and sheet like morphologies [1]. 

On the other hand, a high graft density brush 

excludes matrix chains (autophobic dewetting) 

causing an isotropic nonzero entropic surface 

tension at the interface. This leads to the 

agglomeration of particles even in the absence of 

excess enthalpic interaction [2]. 

 

An approach to decouple this enthalpic and entropic 

balance is to use two different brush populations: a 

densely grafted short brush for enthalpic shielding of 

the core and a sparsely grafted long brush 

encouraging favorable brush penetration [5]. These 

populations could be chemically identical (bimodal) 

or different (mixed), in which case the short 

population can be independently used to introduce 

desired functionality. These binary brushes have 

been synthesized on a multitude of surfaces, but 

have mostly found use as environmentally 

responsive systems to various solvent conditions.  

 

Bimodal PDMS brush modifications of high-

refractive-index (RI) nanoparticles using a “grafting 

to” technique were shown useful in developing 

millimeter thick transparent high RI silicone 

nanocomposites for use in advanced LED 

encapsulation [3]. The authors also developed a 

predictive tool for the dispersion states of these 

particles building on a previous reported model [4].  

 

In this work, we demonstrate the effectiveness of the 

binary brush approach, through a systematic study of 

quasi-equilibrium dispersions and mechanical 

properties in homopolymer thermoplastic 

polystyrene nanocomposites.  

 

2. Homopolymer Polystyrene Bimodal Brush 

Graft Particles 

We have developed a novel Consecutive Reversible 

Addition-Fragmentation Chain Transfer 

Polymerization technique (RAFT) for the grafting of 

binary brushes [5]. This robust technique offers 

excellent control over composition, molecular 

weights and graft densities of the individual 

populations. 

 
A systematic study of the mechanical properties and 

dispersion of bimodal (Long: 100 kg/mol, σ=0.05 

and 0.1 ch/nm
2
 and Short: 7 Kg/mol σ=0.18 ch/nm

2
) 

polystyrene (PS) grafted 15nm Silica in a 100 

Kg/mol matrix PS is performed. The dispersions and 

elastic moduli of these particles are compared with 

composites made from traditional monomodal-

brush-grafted fillers with identical chain molecular 

weights and graft densities (100 kg/mol, σ=0.05 and 

0.1 ch/nm
2
). The monomodal fillers are found to 

aggregate into strings and sheets in this range of σ 
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and molecular weights, as suggested by Akcora et al 

[1]. The bimodal fillers, on the other hand, reveal a 

marked improvement in dispersion as shown in 

Figure 1. This is attributed to the dense brush 

induced lowering of the van der Waals attraction 

between particles. The lowered attraction leads to an 

expanded window of dispersion in the given 

parameter space. These bimodal-brush-grafted 

particles are found to remain well dispersed even in 

a dewetting 190 kg/mol PS matrix.  

 

The hardness and elastic moduli of the bimodal 

systems, obtained by nanoindentation, also show a 

remarkable improvement over the monomodal 

counterparts, superior to values suggested by the 

Halpin-Tsai mixing rule (Figure 2). This 

improvement is attributed to the superior dispersion 

in the bimodal systems. 

 

It is found that the glass transition temperature in the 

σ = 0.05 ch/nm
2
 bimodal-brush-grafted fillers, 

remains unchanged with particle loading, whereas 

the σ = 0.10 ch/nm
2
 bimodal fillers cause a decrease 

in Tg of 3 ºC at 10 weight % Silica. This observation 

suggests that the lower density 0.05 ch/nm
2
 long 

chain offers better entanglement with the matrix, 

which is identified as the cause for the improved 

elastic modulus of the 0.05 ch/nm
2
 bimodal fillers 

embedded composite. Accordingly the 0.1 ch/nm
2
 

particles show a lower enhancement due to the 

poorly bonded interface between the brush and 

matrix. 

 

3. Mixed Brush Graft Particles.  

Additionally, we studied the dispersion of mixed-

brush-grafted SiO2 nanoparticles (Long: 100 kg/mol, 

σ=0.067 and Short: 10 Kg/mol σ=0.18 ch/nm
 
2) in 

PMMA. From preliminary work we find these 

particles are well dispersed in PMMA (100 kg/mol 

and 300 kg/mol) even though the short PS brush is 

incompatible with the matrix. This suggests that the 

short brush purely screens core-core attractions, 

lowering the proclivity to agglomerate. We therefore 

envision functional systems with a matrix 

compatible (MC) long brush and a densely grafted 

short brush with a desired functionality.  
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Figure 1. Enhanced dispersion of bimodal (Right) 

PS (long: 0.10 ch/nm
2
) graft SiO2 PS nanocomposite 

over monomodal (Left) PS graft SiO2.  

 

 

 
Figure 2. Normalized Modulus of the various PS 

graft SiO2 in PS Matrix systems 
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Abstract

Bi-stable composites have attracted attention from the adaptive structures community thanks to
their ability to exhibit two statically stable shapes. To exert controlled changes between the stable
configurations, large deflections leading to a phenomenon known as snap-through need to be triggered.
Recently, a resonant actuation technique achieving full configuration control for bi-stable composites
using distributed piezoelectric actuators has been introduced. In this paper, the optimal positioning of
piezoelectric actuators for applying resonant configuration control on wing-shaped bi-stable composites is
studied. An analytical model for the dynamic response of wing-shaped bi-stable composites is presented
allowing for the calculating modal characteristics required to apply the resonant control strategy. The
variation of the generalised electromechanical coupling coefficient with respect to the position of the
piezoelectric actuators is studied to obtain maximum authority over different vibration modes with the
resonant control technique for wing-shaped bi-stable composites.

Keywords: Bi-stable wing, unsymmetric composites, morphing, snap-through, piezoelectric

1 Introduction

Bi-stable composites have attracted the attention
from the adaptive structures community due to
their ability to statically hold two stable configu-
rations without requiring continuous actuation ef-
fort [1]. As a result, large conformal deforma-
tion, or morphing, can be achieved by exploiting
the difference exhibited by the stable geometries
with minimal energy requirements. Spatially dis-
tributed smart material actuators, such as piezo-
electric composite layers, are highly desirable to ac-
tuate over bi-stable laminates due to their ease of
integration with composite structures, as well as for
their wide frequency bandwidth. However, current
piezoelectric actuators lack sufficient authority to
exert full configuration control using conventional
quasi-static strategies on bi-stable composites [2].
This problem has been addressed by introducing a
resonant control strategy which exploits the iner-
tia of the laminates through excitation of targeted
modal frequencies [3, 4]. Large deflections are in-

duced until the composite deflects past a critical
displacement threshold, after which a change be-
tween stable states, or snap-through, follows [5].
Once a snap-through is triggered the plate remains
in the newly attained state as the difference between
the modal frequencies associated to each state re-
sults in off-resonance response, i.e. low amplitude
residual response. The implementation of the res-
onant strategy allows to employ highly embedded
distributed actuation systems to achieve configura-
tion control between the stable states. This control
concept has been demonstrated for a wing-shaped
bi-stable composite specimen subjected to aerody-
namic loads in wind tunnel tests [6].

In this investigation, the design of the actua-
tion positioning on wing-shaped bi-stable compos-
ites to minimise the control input for triggering con-
trolled changes of state, i.e. snap-through, with sur-
face bonded piezoelectric composite layers is investi-
gated. In particular, this study focuses on selecting
the most adequate positioning of the actuators us-
ing theoretically obtained modal characteristics of
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the wing-shaped structures. To this end, an analyti-
cal model for the dynamics of wing-shaped bi-stable
composites is used to obtain modal frequencies and
mode shapes [7]. The generalised electromechanical
coupling coefficient, associated to the modes excited
in the resonant control strategy, are maximised for
obtaining largest possible actuation authority. By
maximising the generalised coupling coefficient as-
sociated to a mode exhibiting a compatible defor-
mation shape for reaching the critical displacement
threshold, the resulting control authority is max-
imised. This allows to achieve full configuration
control for triggering desired changes of state, while
minimising the required actuation effort.

2 Modelling of Bi-stable Com-

posites

In this study, laminates with a tapered planform,
hereafter referred as wing-shaped bi-stable compos-
ites, arranged in a cantilever configuration are con-
sidered. Wing-shaped bi-stable composites have
been studied in the past as morphing winglets for
enhanced lift [8] and passive load alleviation [9].
To achieve this, a tailored lay-up combining sym-
metrical and unsymmetrical stacking sequences is
used [10]. For the type of composites studied in
this investigation, bi-stability arises due to ther-
mal stresses resulting from a mismatch between the
thermal expansion coefficients of the fibres and the
epoxy matrix induced during cooling process after
elevated temperature curing in the unsymmetrically
laminated part [11]. Piezoelectric composite actua-
tors exploiting the higher d33 coefficient, known as
Macro-Fiber Composites (MFC), are implemented
in this investigation to exert configuration control
on the wing-shaped bi-stable composite.

Forcing a large deflection on a bi-stable compos-
ite results in a sudden jump to the second stable
state, known as snap-through. This occurs when
a given level of deflection is forced upon the com-
posite, known as critical displacement, after which
snap-through follows [5]. The critical displacement
threshold is defined as the out-of-plane displace-
ment of each state from the original flat shape,
which results in a different value for each stable
state as schematically shown in Fig. 1. The au-
thority of the piezoelectric actuators needs to be
sufficient for inducing this deflection on the wing-

Unstable 
surface

Critical displacement
state 2 to state 1

State 1

State 2

Critical displacement
state 1 to state 2

Figure 1: Stable states and critical displacement for
a cantilevered bi-stable composite.

shaped composites. To achieve this, while minimis-
ing the voltage input, the position of the actuators
is optimised by maximising the generalised elec-
tromechanical coupling coefficient. This suits the
resonant control technique, as the maximisation of
the coefficient yields the highest possible actuation
coupling to a particular mode. In the following sec-
tions a brief account is given presenting the nec-
essary steps for deriving the analytical model used
to carry out the design of the modal properties for
minimising the actuation effort for wing-shaped bi-
stable composites. For a detailed account of the
model derivation please refer to Ref. [7].

2.1 Variational Formulation

A variational formulation is followed for the calcu-
lation of the final equilibrium shapes and the associ-
ated dynamic response of the studied wing-shaped
bi-stable composites is presented. The Lagrangian,
L, for a bi-stable composite is equivalent to that of
a cross-ply unsymmetrically laminated plate given
by:

L = T − U +Wext, (1)

where T , U are the kinetic and potential energies,
and Wext is the work done by external energy, re-
spectively.

The kinetic energy of the system is the sum of the
kinetic energy of the composite and the piezoelectric
elements, given by:

Tst =
1

2

∫

Vs

ρ u̇
′
u̇ dVs, (2)
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and

Tpzt =
1

2

Npzt
∑

l=1

∫

V
(l)
p

ρpzt u̇
′
u̇ dV (l)

p , (3)

where u = [u(x, y, t), v(x, y, t), w(x, y, t)]
′
, ρ and

ρpzt are the density of the composite and the piezo-

electric elements, respectively, Vs and V
(l)
p are the

volume of the composite and the lth piezoelectric
element, respectively, Npzt is the total number of
piezoelectric elements bonded to the bi-stable com-
posite, the overdot (̇) symbol implies differentiation
with respect to time, and the superscript (′) indi-
cates the transpose operation.

The total kinetic energy is thus written as:

T = Tst + Tpzt. (4)

The strain energy for the wing-shaped bi-stable
composites is obtained by adding up the contribu-
tions of the symmetrical and unsymmetrical parts
of the lay-up, yielding:

Ust =

0∫
−LS

x

Ly
2∫

−Ly
2

1

2

⎛
⎝[ εo

κ

]′

S

(
A B

B D

)
S

⎞
⎠[ εo

κ

]
S

dydx

+

LU
x∫

0

sx+
Ly
2∫

−Ly
2

1

2

⎛
⎝[ εo

κ

]′

U

(
A B

B D

)
U

−
[

NT

MT

]′⎞
⎠[ εo

κ

]
U

dydx,

(5)

where εo = [εoxx εoyy εoxy]
′
is the vector of in-plane

strains, κ = [κxx κyy κxy]
′
is the vector of bend-

ing strains, and A, B, D, represent the well-known
extensional, bending-extension coupling, and bend-
ing stiffness matrices, respectively, andNT andMT

are the thermal expansion force and moment vec-
tors, respectively [12]. The subscripts S and U in-
dicate symmetric and unsymmetric lamination, re-
spectively. The planform dimensions defining the
integration domain are given by the span of the un-
symmetric region, Lu

x, the length of the symmetric
region, LS

x , the chord length at the clamped edge,
Ly, and the chord length of the tip, tp. The leading-
edge slope defining the wing-shaped (tapered) form

is given by s =
tp−Ly

LU
x

. A detailed geometrical de-

scription of the planform is presented in Fig. 2. The
total strain is given by εij = εoij + zκij . Note that
the symmetrical part does not have resulting ther-
mal stresses. The nonlinear extensional strain and

Figure 2: Planform defining the domain of integra-
tion for the bi-stable wing.

bending curvatures, εoij and κij , respectively, are
given by:

εoxx =
∂u

∂x
+

1

2

(
∂w

∂x

)2

, (6)

εoyy =
∂v

∂y
+

1

2

(
∂w

∂y

)2

, (7)

εoxy =
∂u

∂y
+

∂v

∂x
+

∂w

∂x

∂w

∂y
, (8)

and,

κxx = −∂2w

∂x2
, (9)

κyy = −∂2w

∂y2
, (10)

κxy = −2
∂2w

∂x∂y
. (11)

A state of plane stress is assumed for the considered
structures, thus the components of the stress and
strain vector for piezoelectric material are related
by the constitutive relations:
⎡

⎢
⎢
⎣

σ11
σ22
σ12
D3

⎤

⎥
⎥
⎦
=

⎛

⎜
⎜
⎝

cE11 cE12 0 −e33
cE12 cE22 0 −e31
0 0 gE12 0

e33 e31 0 εS33

⎞

⎟
⎟
⎠

⎡

⎢
⎢
⎣

ε11
ε22
ε12
E3

⎤

⎥
⎥
⎦
,

(12)
where σij is total stress due to a strain in the i-
direction acting on the j-direction, εij is mechani-
cal strain due to a deflection in the i-direction act-
ing on the j-direction, D3 is electrical displacement
in the 3-direction, E3 is the electric field in the 3-
direction, cEij is the elastic modulus due to a strain
in the i-direction acting on the j-direction, eij is
the piezoelectric constant relating the poling direc-
tion i with the strain in the j-direction, and εS33
is the permittivity coefficient relating the electri-
cal displacement in the 3-direction with the poling
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direction of the piezoelectric material, respectively.
The superscripts E and S denote that the relevant
parameters are measured at constant electric field
and constant strain, respectively. Given the plane
stress state, the piezoelectric strain energy and the
internal electrical work are given by:

Upzt =
1

2

Npzt
∑

l=1

∫

V
(l)
p

S
′
pT dV (l)

p +
1

2

Npzt
∑

l=1

∫

V
(l)
p

E3D3dV
(l)
p ,

(13)
where Sp is the vector of strains, T is the vector of
material stress. The poling and extension directions
of the piezoelectric elements, 3, coincides with the
in-plane x-direction, consistent with the MFC ac-
tuators that are employed. The total strain energy
for the system is thus written as:

U = Ust + Upzt. (14)

2.2 Equilibrium Configurations

The room temperature static equilibrium shapes are
obtained by minimising the potential energy of the
laminate Ust. Polynomial shape functions are used
to approximate the static displacements, given by:

uo(x, y) =
N∑

i=1

N∑

j=1

aijx
iyj−1, (15)

vo(x, y) =
N∑

i=1

N∑

j=1

bijx
iyj−1, (16)

wo(x, y) =
N∑

i=1

N∑

j=1

cijx
i+1yj−1, (17)

where uo(x, y), yo(x, y) and wo(x, y) are the mid-
plane displacements defining the static equilibrium
shapes, aijx

iyj, bijx
iyj , and cijx

iyj are the shape
functions on each coordinate direction, and, N ×N
gives the total number of shape functions used on
each expansion. Continuity of the displacement to
account for the interaction of the symmetric and
unsymmetric parts of the laminate is imposed by:

uoS(0, y) = uoU (0, y), (18)

voS(0, y) = voU (0, y), (19)

wo
S(0, y) = wo

U (0, y), (20)

∂wo
S(0, y)

∂y
=

∂wo
U (0, y)

∂y
. (21)

(a) State 1

(b) State 2

Figure 3: Statically stable configurations of a wing-
shaped bi-stable composite.

Substituting Eqns (6)-(11) and Eqns (15)-(17) into
Eqn. (5) the equilibrium shapes are found from:

∂U

∂αi
= 0, (22)

where α = [aij , bij , cij ] is the vector of generalised
static displacements. The stability of the equilib-
rium points, Co

k , is obtained by evaluating the def-
initeness of the associated Hessian matrix, which
is:

∂2Ust

∂αiαj
= Hk|Co

k
. (23)

Minima of the potential energy indicate statically
stable shapes, which are given by equilibrium points
with positive definite Hessian matrix. The result-
ing geometry for the statically stable equilibrium
configurations are given by the mid-plane displace-
ments uo(x, y, t), yo(x, y, t) and wo(x, y, t) of the
equilibrium points having a positive definite Hessian
matrix, which are schematically shown in Figs. 3(a)
and 3(b), respectively. Hereafter, all calculations
shown in this study occur about the stable equi-
libria reached at room temperature. It is worth
mentioning that the final equilibrium shapes are a
function of the composite material properties, lam-
ination sequence, curing cycle, and the dimensions
of the initially flat laminate. Hence, these parame-
ters may be optimised to achieve tailored dynamic
and aerodynamic characteristics for a particular ap-
plication.
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2.3 Linear Dynamic Electromechanical
Equations

The study of the dynamic behaviour of the wing-
shaped piezoelectric bi-stable composites is focused
on the low amplitude response around the stable
equilibrium configurations. The linear dynamics
are obtained as perturbations about the static dis-
placements of the stable shapes given by uo(x, y, t),
yo(x, y, t) and wo(x, y, t) [13]. As a result, the linear
approximation of the vibration problem reduces to
that of a tapered unsymmetrically laminated shell
solved for each of the stable equilibrium points.

For the dynamic morphing strategy to control
bi-stable composite structures used in this study,
knowledge of linear modal properties is sufficient to
utilise the resonant actuation technique to achieve
full configuration control, as shown in Ref. [4].
For the linear approximation problem following the
above described perturbation approach, the mem-
brane strains are recast as:

εoxx =
∂u

∂x
+

wo

Rx(x, y)
, (24)

εoyy =
∂v

∂y
+

wo

Ry(x, y)
, (25)

εoxy =
∂u

∂y
+

∂v

∂x
, (26)

where the radii of curvature in the x- and y-
directions are Rx(x, y) and Ry(x, y), are defined
by the large amplitude static displacements of the
each equilibrium shape given by Eqn. (22). The
bending curvatures remain unchanged as defined in
Eqns (9)-(11).

The types of shells studied in this investiga-
tion are cantilever tapered bi-stable composites, for
which one edge is clamped and the remaining three
are free. In this case, the fixed edge imposes an
initial curvature at the root. This is only possi-
ble due to the used symmetric-unsymmetric lay-up.
For this type of linear shell vibration problem, there
exists no known closed-form solution [14]. An ap-
proximate solution is hence obtained following the
Ritz method, for which admissible functions satisfy-
ing the geometric boundary conditions for the dis-
placements are chosen. A set of polynomial func-
tions satisfying the above stated boundary condi-
tions are:

u(x, y, t) =

M∑

i=1

M∑

j=1

aijx
iyj−1ui,j(t), (27)

v(x, y, t) =

M∑

i=1

M∑

j=1

bijx
iyj−1vi,j(t), (28)

w(x, y, t) =

M∑

i=1

M∑

j=1

cijx
i+1yj−1wi,j(t), (29)

where uij(t), vij(t) and wij(t) are time response
coefficients to be determined, aijx

iyj, bijx
iyj , and

cijx
iyj are the shape functions on each coordinate

direction, and, 3×M ×M gives the total number of
degrees of freedom in the dynamic analysis.

In the current formulation, the piezoelectric ele-
ments are assumed to be perfectly bonded to the
surface of the bi-stable composite and the electric
field is taken as the independent variable in the elec-
trical domain. Based on the assumption that the 33
mode electromechanical coupling of the MFC P1
type actuator can be represented by effective 31
mode electromechanical parameters, one electrical
degree of freedom per element is sufficient for mod-
elling the electrical response [15]. The electric field
of the kth piezoelectric element is thus written as:

E3eff l
(x, y, t) =

vl(t)

Δel
, (30)

where vl(t) is the generalised voltage time coordi-
nate of the lth piezoelectric element, E3eff l

is the
effective electric field of the lth piezoelectric element
and Δel is the spacing between electrodes [16].

The linear equations of motion for the tapered
piezoelectric bi-stable composites are obtained us-
ing Lagrange’s equations for the mechanical and
electrical displacements, yielding:

d

dt

(
∂L
q̇a

)

− ∂L
qa

= Faext, (31)

d

dt

(
∂L
v̇b

)

− ∂L
vb

= Qbext, (32)

where the generalized coordinates qa and vb are
the time response coefficients for the mechanical
and the electrical displacements. Back substitut-
ing Eqns (27)-(30) until Eqn. (1) is reached, yields
the electromechanical equations of motion for piezo-
electric bi-stable composite wing as:

Mq̈+Kq−Θv = fext (33)

Θ
′
q+Cpv = ϕext (34)
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where q is the mechanical displacement vector given
by q = [uij(t), vij(t), wij(t)]

′
, v is the electrical dis-

placement vector given by v = [vk(t)]
′
, fext is the

mechanical external forcing vector, and ϕext, is the
external electrical forcing vector. M, K , Θ and
Cp, are the mass, stiffness, electromechanical cou-
pling and capacitive matrices of the piezoelectric
bi-stable composite, respectively.

Depending on the electrical boundary conditions
imposed to the piezoelectric actuators the stiffness
matrix, K, of the system varies. The conditions
giving the lowest and highest stiffness are obtained
by setting v and ϕext to zero, resulting in the
well-known short-circuit and open-circuit electrical
boundary conditions [17], respectively. Superscripts
E and D are used in the remainder to differentiate a
quantity obtained using short-and open-circuit elec-
trical boundary conditions, respectively. The modal
characteristics these cases are obtained by studying
the homogeneous vibration problem, i.e. assuming
no external forcing and a harmonic response of the
form q = νeiωt, where ω is an eigenvalue of the
system and i is the imaginary number. The modal
properties for each case are thus obtained from the
following eigenvalue problem equations:

(

K+ΘCp
−1Θ

′ − ω2DM
)

νD = 0, (35)

(

K− ω2EM
)

νE = 0, (36)

where νD and νE are the short- and open-circuit
vectors of weighted amplitudes, ωD and ωE are the
short- and open-circuit natural frequencies. Equa-
tions (35) and (36) are solved to obtain eigenvalues
of the system, which are equivalent to modal fre-
quencies for the problem at hand. The eigenvalues
are used for choosing the input frequency to the ac-
tuators in the resonant control strategy, as well as
providing upper bounds for the modal frequencies
in the design of wing-shaped bi-stable composites.
Notice that it is assumed that the voltage source
driving the piezoelectric actuators is unaffected by
the dynamics of the system, hence the electrical
equation given by Eqn. (34) can be dropped and
the voltage term in Eqn. (33) becomes the control
input to the system. This is an accurate assump-
tion, as conventionally used amplifiers show a low
output impedance.

The obtained linear electromechanical equations
of motion are useful in two important aspects.

First, given the geometry of the bi-stable composite
structure the modal properties, namely natural fre-
quencies and mode shapes, for the electromechan-
ical system can be obtained with Eqns (33) and
(34). The mode shapes are obtained by combining
the vector of weighted amplitudes ν with the shape
functions used to approximate the out-of-plane dis-
placement given in Eqn. (29). It is worth mention-
ing that the mode shapes provided by the short-
and open-circuit eigenvalue problems produce es-
sentially the same shapes as the stiffness does not
undergo large variations with the change of electri-
cal boundary conditions. Second, the generalised
coupling coefficient can be studied as a function of
the position of the piezoelectric elements allowing
for maximisation of the actuation authority for spe-
cific modes. These two aspects are investigated in
depth in the following sections.

2.4 Mode Shapes

The mode shapes obtained from the short-circuit
eigenvalue problem given by Eqn. (35) yield the de-
formation forms when the wing-shaped composite
is actuated at a given natural frequency. This de-
formation shapes are useful as the resonant con-
trol strategy targets the specific natural frequencies
that lead to minimum actuation effort for triggering
snap-through. For the asymmetric shape given by
the planform defining the wing-shape, inspection of
the theoretical mode shapes allows for selecting the
appropriate resonant frequency to target for trigger-
ing snap-through. The mode shapes for stable state
1 and 2, wns1 and wns2 , respectively, are obtained
using the eigenfunctions produced from Eqn. (35),
and plotted in Figs. 4 and 5, respectively. The sub-
script n indicates the number of the mode shape,
n=1 for the first mode, where ascending n indicates
higher modal frequency.

It can be seen that the first bending mode for
each stable state shows the more uniform bending
deformation for the first four vibration modes. Pre-
vious studies showed that exciting the first bending
modes on each state results in the largest deflec-
tions being induced in wing-shaped composites [18].
This is expected as bi-stable laminates are lightly
damped structures for which the highest deforma-
tion is achieved for the low frequency modes. Hence,
targeting the first mode with the resonant control
strategy results in triggering snap-through with the
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Figure 4: Theoretical mode shapes for wing-shaped
bi-stable composites for the geometry of stable state
1, see Fig. 3(a). a) b) e) f) 3-D view of first four
mode shapes. c) d) g) h) Contour of first four mode
shapes.

least effort. The selection of the optimal position for
maximising the authority over a particular mode of
the actuators for exerting the resonant control strat-
egy is presented in the following section.

3 Optimal Positioning of Piezo-
electric Actuators

A simple optimisation procedure comprising the be-
haviour of the generalised coupling coefficient as a

(a) w1s2 (b) w2s2
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�0.05
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(c) w1s2
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�0.05

0.00

0.05

(h) w4s2

Figure 5: Theoretical mode shapes for wing-shaped
bi-stable composites for the geometry of stable state
2, see Fig. 3(b). a) b) e) f) 3-D view of first four
mode shapes. c) d) g) h) Contour of first four mode
shapes.

function of the position of the piezoelectric actu-
ators is implemented. The actuation strategy fol-
lowed to apply the configuration control of the wing-
shaped bi-stable composites used in this paper is
based on inducing resonance of a bending mode
to force sufficient deflection to overcome the crit-
ical displacement threshold necessary for triggering
snap-through. The generalised coupling coefficient
provides a measure of the effectiveness a given ac-
tuator positioning yields, hence this is employed as
objective functions in the optimisation procedure.
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The generalised piezoelectric coupling coefficient is
defined as [17]:

k2nnsm =
ωD2

nsm − ωE2

nsm

ωE2

nsm

(37)

where ωD
nsm and ωE

nsm are the open-circuit and short-
circuit modal frequencies, respectively, associated
to mode n, for stable state m.

In this study the position of the piezoelectric ac-
tuators is used as the optimisation parameter, while
keeping all other dimensional and material property
values fixed. The actuators are positioned parallel
to each other separated by a fixed distance, yC.M.,
as schematically shown in Fig. 6. Thus, the distance
from the origin, o, to the edge of the piezoelectric
elements, xMFC , fully defines the position of the ac-
tuators. This parameter is thus varied for maximis-
ing the generalised piezoelectric coupling coefficient,
k2ii. The variation of the actuators position xMFC

is constrained by the dimensions of both the wing-
shaped bi-stable specimen and the actuator used
for each specific case. The selected dimensions of
a wing-shaped specimen considered for demonstra-
tion of the concepts herein presented are provided in
Fig. 6, while those of the MFC actuator are given
in the caption of Fig. 6. Taking into account the
taper of the used wing-shaped bi-stable composite
and the dimensions of the considered piezoelectric
MFC actuator, the possible range of variation for
xMFC ranges from 0 to 20 mm. Nevertheless, with
the presented approach it is possible to explore the
variation of all dimensional parameters for both the
planform of the bi-stable composite, and the dimen-
sions of the chosen actuators.

The natural frequencies obtained from Eqns (35)
and (36) are substituted into Eqn. (37) to obtain
the variation of the generalised coupling coefficient
for the first four bending modes of state 1, k2iis1 , as
a function of the position of the actuators. The ob-
tained results, presented in Fig. 7, show the max-
imum value of the coefficient is obtained for the
first bending mode, w1s1 . As expected for the can-
tilevered configuration, this maximum occurs when
the actuators are positioned at the root of the wing-
shaped composite. As the position of the actuators
is moved away from the root, the coupling coeffi-
cient decreases for modes w1s1 and w4s1 , while it
increases for mode w2s1 . For mode w3s1 the coeffi-
cient remains unchanged indicating that the actua-
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Figure 6: Wing-shaped bi-stable composite lay-up.
The position of the MFC is calculated with respect
to the frame of reference origin, omark with ⊗. The
dimensions of the used 8557 P1 MFC actuators are
85x57x0.3 mm.
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Figure 7: Variation of the generalised coupling co-
efficient, k2iis1 , as a function of the position of the
MFC edge xMFC for the specimen in state 1.

tors are acting on nodal lines of the associated mode
shape, as can be also inferred from Figs. 4(e)-4(g).

Similar results are obtained for the generalised
coupling coefficient for the first four bending modes
of state 2, k2iis2 i = 1 . . . 4, as shown in Fig. 8. It can
be seen the highest coupling coefficient is obtained
for the first bending mode, k211s2 , when the MFC ac-
tuators edges are placed at the clamped root. This
coincides with the results obtained for state 1, al-
though the over 3 times larger coupling coefficient
achieved in the case of state 2 indicates a higher
actuation authority can be expected to be available
for controlling the structure in this configuration.
A different trend for the coupling coefficients for
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Figure 8: Variation of the generalised coupling co-
efficient, k2iis2 , as a function of the position of the
MFC edge xMFC for the specimen in state 2.

the other three modes can be observed for state 2
in comparison to the results of state 1. For modes
w3s2 and w2s2 the coupling coefficient increases as
the position of the actuators is moved away from
the clamped edge. For mode w4s2 , the value of the
coefficient remains fairly constant for the studied
range.

The results shown in Figs. 7-8 clearly indicate
that positioning the actuators closest to the root
yields the maximum generalised coupling coeffi-
cient, hence resulting in the highest control au-
thority. Furthermore, the mode shapes shown in
Figs. 4-5 show that exciting the first bending mode
on each stable state produces the most compati-
ble deformation for reaching the critical displace-
ment condition necessary to trigger snap-through.
The combination of the two above stated results
show that for exerting configuration control with
the previously developed the resonant strategy [4]
on wing-shaped cantilevered bi-stable composites,
a close to the clamp edge position maximising the
values for k211s1 and k211s2 is to be chosen. This the-
oretical result validates the near the root placement
chosen in previous works involving piezoelectric bi-
stable composites is proven correct [19–21]. It is
worthwhile noticing that the presented approach
can be used to maximise the authority to actuate
over other modes of the wing-shape structure.

4 Conclusions

The optimisation of the position of piezoelectric ac-
tuators for controlling the configuration of wing-
shaped bi-stable composites is presented. Natural
frequency values for the first bending modes of each
stable state are theoretically obtained and used to
calculate the variation of the generalised coupling
coefficient with respect to the position of the cho-
sen MFC actuators. The generalised coupling coef-
ficient is thus maximised, obtaining the highest pos-
sible control authority for inducing resonance of a
particular vibration mode. The presented results al-
low for selecting the position of piezoelectric actua-
tors for controlling the desired state of wing-shaped
bi-stable composites with minimum actuation ef-
fort. It is worth mentioning that other parameters,
such as fibre orientation or piezoelectric to compos-
ite thickness ratio, can be used for optimisation of
the control authority to obtain further performance
gains for the resonant control technique. Further-
more, the presented results are applicable for main-
taining a desired configuration of the wing-shaped
bi-stable composite when subject to external per-
turbations.
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1 General Introduction  

Piezoelectric materials generally belong to either of 

two families: i) piezoelectric ceramics which 

exhibit high permittivity, thermal stability, piezo 

and pyroelectric effects and can be found in 

demanding applications. However, these materials 

are brittle and very difficult to shape. ii) 

piezoelectric polymers which have a modest 

sensitivity and a low thermal stability, but are rather 

flexible, and ductile and easy to process and are 

found in less demanding applications. Potentially, 

attractive combinations of mechanical, thermal, 

dielectric and electro-active properties and adequate 

processability can be achieved by embedding 

ferroelectric ceramic particles within a polymer 

matrix in which the ferroelectric activity is provided 

by the ceramic phase and the flexibility is provided 

by the polymer phase. Such composites can 

overcome the limitations of both ceramics and 

polymers and provide new avenues to sensing 

applications. One interesting application of such 

composites is in pyroelectric sensors. Pyroelectric 

materials generate a voltage upon a change of 

temperature. These materials find wide application 

in infrared (IR) detection owing to the advantages 

of wavelength-independent sensitivity and room 

temperature operation. These materials are normally 

characterized by the voltage responsivity or 

pyroelectric figure of merit (FOM) which is 

proportional to the pyroelectric coefficient, p(T), 

and inversely proportional to the relative dielectric 

permittivity, epsilon. 

FOM = p(T)/ɛ                                                    Eq. 1 

Among various kinds of commercially available 

materials for IR detection applications lead titanate 

(PT) is regarded as a good pyroelectric material 

because of a very large spontaneous polarization of 

81 µC/cm
2
, small relative dielectric constant, and a 

large pyroelectric coefficient. PT  is a 

polycrystalline ferroelectric ceramic with a 

tetragonal perovskite structure at room temperature 

and a high Curie temperature of 490 ºC [4,5]. Lead 

titanate ceramics have a high sensitivity but are 

brittle and demand high temperature sintering 

process. Therefore by embedding the pyroelectric 

ceramic particles within a polymer matrix in which 

the pyroelectric activity is provided by the ceramic 

phase and the flexibility is provided by the polymer 

phase it is possible to avoid the high temperature 

heat treatment and still achieve a combination of the 

best properties of each phase. There is also a 

possibility to tailor the dielectric permittivity of the 

composite material by altering the ceramic content. 

So the FOM can be optimized by combining the 

pyroelectric activity of the ceramic phase and  

dielectric constant of the composite. In such 

multiphase composites the pattern of connectivity 

of the two phases plays a crucial role as far as 

overall  physical and electrical properties are 

concerned. Structuring the ceramic particles in 

PZT-polymer composites has shown to improve the 

piezoelectric properties of these materials over 

those of random composites by forming chains of 

aligned and (almost) connected particles when the 

matrix polymer is still in its low viscosity state [1-

3]. This work firstly focuses on the use of 

dielectrophoresis (DEP) to optimise the structure 

and hence piezoelectric properties of the 

electroceramic-polymer composites and secondly 
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investigates the pyroelectric properties of such 

composites.   

2 Theory 

2.1 Random composites 

The piezoelectric properties of PT-polymer 

composites are a function of the volume fraction of 

the constituent particles, the connectivity of  the PT 

particles in three dimensions, aspect ratio of the 

particles and the piezoelectric properties of the 

particles. An appropriate analytical model to 

explain the dielectric properties of the random or 0-

3 composites analyzed in this work is the model by 

Yamada et al. [6]. In these composites the ceramic 

constituents are randomly distributed in the polymer 

matrix. In Yamada’s model the composite is 

assumed as a uniform distribution of ellipsoidal 

particles in an isotropic polymer matrix. The 

dielectric constant of the composite in the poling 

direction  is given  by: 

            (  
   (     )

    (     )(   )
)           Eq. 2 

where εrandom is the dielectric constant of the 0-3 

composite εm and εc are that of the polymer matrix 

and ceramic particles, respectively, φ is the volume 

fraction of the ceramic, and n is the inverse of the 

depolarization factor for an ellipsoidal particle in 

the direction of applied electric field. In the current 

work n was obtained for best fit of the experimental 

permittivity data to model predictions. 

Yamada’s model for piezoelectric charge constant 

in the poling direction of random composites is: 

         
  

               

         (     )
                           Eq. 3 

where α is the poling ratio of the ceramic particles 

and εrandom is the dielectric constant of the composite 

described previously. 

2.2 Structured composites 

An analytical model for the permittivity of 

structured composites is presented by Bowen et al. 

[3]. According to his model the composite is 

considered as a collection of particles aligned into 

chain-like structures along a specific direction 

separated by polymer gaps. The equation for the 

permittivity for such a composite is as follows: 

             (
     

      
)  (   )              Eq. 4 

where εstructured is the dielectric constant of 

dielectrophoretically structured 1–3 composites and 

R is the ratio of average particle size to the effective 

interparticle distance. 

To describe the piezoelectric charge constant in 

structured composites the analytical model 

proposed by Van den Ende et al. [2] is applied. 

According to this model the d33 of composites are 

obtained by modelling the particle-matrix 

alternations in the chains as two capacitors in series 

in the electrical domain and two springs in series in 

the mechanical domain. The equation for d33 of 1-3 

composite is given by: 

             
 

(   )          

      [(    )   (   )   ]
     Eq. 5 

where Y1 and Y2 are elastic moduli of the polymer 

matrix and that of the ceramic in the direction of 

chains. 

3 Experimental procedure 

3.1 Composite manufacturing 

The lead titanate (PT) powder used in this study 

was calcined at 800 ºC for 2 h to develop single 

phase PbTiO3. The agglomerated powder was then 

dry-milled using 5-mm zirconium balls for 2 h 

using a single G90 jar mill. The particle size 

distribution of milled powder in an aqueous 

solution with 10% isopropyl alcohol measured by a 

Beckman Coulter LS230 laser diffraction analyzer 

was found to be d(10)=2.42 µm, d(50)=4.53 µm, 

and d(90)=8.12 µm. A two component epoxy 

system (Epotek 302-3M, Epoxy (diglycidyl ether of 

bisphenol-A (DGEBA) resin and poly(oxypropyl)-

diamine (POPD) multifunctional aliphatic amine 

curing agent, was used. This epoxy is recommended 

for adhesive joining, sealing, and coating. It has 

excellent water, chemical and solvent resistance 

properties. The glass transition temperature (Tg) of 

the epoxy is 55 ºC. It degrades at 350 ºC, and can 

cure at any temperature between 20 to 200 ºC. At 

room temperature the epoxy is viscous (at 800 - 

1600 cPs) and has a dielectric constant (at 1 kHz) of 

approximately 3.4, which makes it an interesting 
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option for dielectrophoresis (DEP). To fabricate the 

composites the ceramic content was calculated 

using following equation: 

MC = MP (ρC/ρP) (φ C/1- φ C)                              Eq. 6                      

here M is the mass, ρ is the density, and φC is the 

ceramic volume fraction. The subscript c and p 

show the ceramic and polymer properties, 

respectively. The PT particles were then dispersed 

in the resin component of the epoxy and mixed at 

the speed of 1000 rpm for 15 minutes using a 

planetary mixer (SpeedMixer DAC 150.1 FVZ, 

Hauschild). Subsequently, the hardener was added 

and the composite resin was again mixed at 1500 

rpm for 3 minutes. Finally the uncured ceramic-

polymer mixture was degassed and poured into a 

mold consisting of a 1 mm thick Teflon sheet with 

circular 15 mm diameter cut-outs, which was placed 

between two layers of 50 µm thick aluminium foil 

serving as the temporary electrodes for the 

application of the electric field for DEP as shown in 

Fig. 1. The whole set-up was placed between two 

bolted steel plates in presence of additional Teflon 

spacers separating the electrodes from the steel 

plates to apply pressure and produce flat samples. 

Structuring of the particles in the as-yet uncured 

composite was realised by a dielectrophoresis 

process in which an electric field of 2kV/mm and f 

= 1200 Hz was applied to the composite medium of 

particles dispersed in the uncured epoxy resin using 

a function generator (Agilent, 33210A) coupled to a 

high voltage amplifier (Radiant Technologies Inc., 

T6000HVA-2) at room temperature (RT) for 1h 

(i.e. well into the curing stage) followed by 5 h 

heating at 50 ºC to get a fully cured matrix. The 

peak to peak output voltage of the high voltage 

amplifier, the phase angle and the leakage current 

were verified with an oscilloscope (Agilent, DSO-x 

2004A). The experimental set-up is schematically 

shown in Fig. 2. The randomly dispersed samples 

were obtained without applying an electric field by 

oven curing at 50 ºC for 5 hours. The completely 

cured disk-shaped samples of 15mm diameter and 

1mm thickness were polished to remove the top 

epoxy layer and post cured at 100 ºC for 1 hour to 

remove moisture. Finally, gold electrodes of 10mm 

diameter, 50nm thickness were deposited on both 

sides of the composite samples by sputtering 

(Balzers Union, SCD 040) and poled at 7 kV/mm at 

100 ºC in a water-cooled Julabo, SE Class III, 

12876 oil bath for a 1 hour.  

Fig. 1. Schematic drawing of the mold used for 

processing the (dielectrophoretically structured) 

composites. 

 

Fig. 2. Schematic diagram of DEP setup in a safety 

box. 

The samples were then cooled to RT in presence of  

the poling field and stored at 50 ºC for 24 hours 

with their electrodes short circuited prior to the 

measurements in order to remove the injected 

charges during the polarization and the trapped 

charges due to impurities. Thermal expansion 

measurements were conducted with a computer 

controlled PerkinElmer Diamond 

Thermomechanical Analyzer (TMA). The samples 

were positioned inside a thermal chamber heated at 

5 ºC/min. The probe displacement and the 
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temperature were recorded and the linear thermal 

expansion coefficients were calculated. 

3.2 Electrical measurements 

The dielectric constant of the composites were 

measured using the parallel plate capacitor method 

with an Agilent 4263B LCR meter (Japan) at 1 V 

and 1 kHz. d33 measurements were performed with 

a Berlincourt type M3001 d33 meter, KCF 

technologies (State College, PA).  

The pyroelectric constant of the materials was 

determined from the change in total charge at the 

electrodes due to a change in sample temperature 

using the direct method [7]. The poled sample was 

placed in Agilent 16339A component test fixture 

with its electrodes connected to the measurement 

device as shown in Fig. 3  and heated uniformly 

using an integrated resistor as a programmable 

heater. The heating cycle was from room 

temperature to 70 ºC, lower than the poling 

temperature. The heating rate was controlled by a 

PID controller and kept constant at 5 ºC/min during 

the measurement. 

 

Fig. 3. Schematic view of the device under test 

placed inside the shielding box in the direct 

measurement method. 

 

The depolarization current flowing between the two 

contacts of the sample was monitored with Agilent 

4339B high resistance meter and stored as shown in 

Fig. 4. The temperature monitored with a k-type 

thermocouple and also stored in the computer. The 

heating cycle normally started from room 

temperature. The whole process was controlled by a 

labview program while the operator determined the 

heating rate and the maximum test temperature. So 

the pyroelectric coefficient was calculated as: 

p(T) =Ip A (dT/dt)                                              Eq. 7 

where Ip is the measured pyroelectric current, and 

dT/dt is the constant heating rate which was chosen 

as 5 ºC/min over the whole temperature range. The 

measurement of Ip gives a direct plot of p(T) over 

the range of the temperature.  

 

Fig. 4. Schematic diagram of the set-up for the 

direct pyroelectric current measurement. 

 

The microstructures of the samples were observed 

using a field emission-scanning electron 

microscope (FE-SEM) (JEOL, JSM-7500F) 

operated in backscattered electron mode. Samples 

sectioned parallel to the formed particle chains were 

embedded into a room temperature curing epoxy 

and polished with 1 µm diamond paste. 

4 Results and discussion 

4.1 Microstructure of composites 

The effect of DEP structuring on the SEM 

microstructures of the composite samples is shown 

in Fig. 5. A clear difference can be observed 

between random and structured samples in 

particular for l0-20 % PT composites. It is clearly 

visible that during dielectrophoresis, ceramic 

particles orient themselves and form short chain 

like structures of particles along the electric field 

direction. 
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Fig. 5. SEM micrographs of random (labelled R) 

and structured (labelled S) PT-epoxy composites 

with  PT volume fractions of  10% (a), 20% (b) and 

30% (c).  

4.2 Piezoelectric properties 

In Fig. 6, the permittivity results are presented for 

PT volume fractions from 10% to 50%. The 

experimental data for random composites are fitted 

to Yamada’s model (Eq. 2).  

 

 

 

 

 

 

 

 

 

Fig. 6. Measured permittivity values for structured 

and random composites with their associated 

analytical model. 

 

The properties of the structured composites are 

fitted to Bowen’s model (Eq. 4). The  values that 

were measured for the dielectrophoretically 

structured samples are higher than those for random 

composites for the complete range of PT volume 

fractions. During the dielectrophoresis process, PT 

particles are redistributed to form chains in the 

electric field direction, and hence, the properties are 

also enhanced in that direction. 

The influence of DEP structuring on d33 values of 

the composites is shown in Fig. 7. The 

experimentally observed d33 values of both 

structured and random composites were compared 

with Yamada’s model (Eq. 3)  and the model 

proposed by van den Ende et al. (Eq. 5). Clearly 

ordering of the PT ceramic particles in PT-epoxy 

composites has resulted in improved piezoelectric 

charge constant of these materials. 

 

 

 

 

 

 

 

 

 

Fig. 7. The d33 values for structured and random 

composites with their associated analytical model. 

 

The piezoelectric voltage coefficient, g33, can be 

calculated by dividing the d33 of the composite by 

its permittivity. The variation of g33 of the 

composites as a function of PT volume fraction 

presented in Fig. 8. The maximum value obtained 

for the random composites is 48 mVm/N at PT 

volume fraction of 30%, while for the structured 

composite, a value of 73 mVm/N is reached at PT 

volume fraction of 20%. For the structured 

composites the d33 increment is higher than that of 

dielectric constant especially at lower volume 

fractions. Therefore, the voltage coefficient of these 

composites exhibits a maximum at low volume 

fraction of PT. At higher volume fractions than 

20%, the improvement in g33 properties of 

structured composites decreases rapidly.  
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Fig. 8. The g33 values for structured and random 

composites with their associated analytical model. 

 

In the models proposed by Bowen (Eq. 4) and Van 
den Ende (Eq. 5) the ratio, R, of interparticle 

distance over the particle size in the direction of the 

electric field is an important parameter influencing 

the fraction of the applied electric field acting on 

the ceramic particles. The interparticle distances 

estimated by fitting the models to the experimental 

data obtained for ε and d33 for the structured 

composites and calculated from the SEM 

micrographs for the random composites are 

presented in Fig. 9.  

 

 

 

 

 

 

 

 

 

Fig. 9. Estimated values of the average interparticle 

distance, obtained by fitting model predictions to 

the measured data for structured composites and 

calculated from SEM microstructures for random 

composites.  

 

The average interparticle distances in a random 

composite decreases with increasing PT volume 

fraction, meaning that the particles become more 

closely packed in every direction. The estimated 

interparticle distance for the dielectrophoretically 

structured composites from Bowen model (Eq. 4) 

and Van den Ende model (Eq. 5) are 0.28 µm and 

0.32 µm respectively. So Van den Ende model 

predicts slightly higher interparticle distance for the 

structured composites than the Bowen model. 

4.3 Pyroelectric properties 

Fig. 10 shows the behaviour of the pyroelectric 

coefficient p(T) of random composites as a function 

of temperature in the range of 30 ºC to 70 ºC. As 

the pyroelectric activity is due to the electro-active 

ceramic phase, with increasing the ceramic volume 

content a higher pyroelectric coefficient is 

exhibited. It should be also noted that the 

probability of existing continuous ceramic paths 

between the upper and lower electrodes increases 

with increasing PT content. So the combination of 

these two effects enhances the pyroelectric activity 

of the composites with higher PT volume content. 

At 30 ºC the pyroelectric coefficient increases by 

30% when the ceramic volume fraction rises from 

10% to 50%. In the measured temperature range for 

all tested composites a local minima can be 

observed very close to the glass transition 

temperature (Tg) of the polymer phase (55 ºC). This 

behaviour can be explained by the results of the 

linear thermal expansion coefficients of the 

composites in the range of 30 ºC to 70 ºC. All 

random composites of PT volume fractions from 

10% to 50% showed expansion upon heating from 

room temperature up to the glass transition 

temperature, after which they experienced 

shrinkage up to 70 ºC. Therefore it can be stated 

that during expansion the ceramic particles get 

pulled apart and electron transport becomes more 

difficult within the insulating polymer matrix, so 

the pyroelectric coefficient decreases. Passing 

through the glass transition temperature range the 

polymer phase becomes more rubbery and particles 

can relax within the new polymer state. So the 

resulting pyroelectric coefficient increase as a 

function of temperature. This shows a high 

dependence of pyroelectric properties on 

temperature as also reported by Bhalla et al. [8]. 
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Moreover the electrical resistivity measurement of 

pure epoxy as a function of temperature shows that 

the electrical resistivity of this material possess 

almost a constant value (1.2×10
12

 ohm.cm) up to 

the glass transition temperature, above which it 

starts to decrease (55 ºC) and at 70 ºC it shows 

resistivity of 2×10
11

 ohm.cm. This behaviour is in 

agreement with the so-called Arrhenius behaviour 

of the electrical conductivity as a function of 

reciprocal temperature for polymers [9].  

 

 

 

 

 

 

 

 

 

Fig. 10. The measured pyroelectric coefficients for 

random composites of 10% to 50% PT as a function 

of temperature. 

 

The pyroelectric FOMs of the random composites 

at 30 ºC are plotted versus different PT volume 

fractions from 10% to 50% in Fig. 11. With 

increasing the electro-active ceramic content the 

FOM of the composite increases. The same trend 

has been observed by Yamazaki et al. [10] for PT-

PVDF composites. So unlike the piezoelectric 

properties that maximum g33 was obtained for a low 

PT volume fraction, the pyroelectric responsivity 

increases with ceramic loading over the whole 

volume range from 10% to 50% PT. 

Table 1 compares the values of pyroelectric FOM 

of some example ceramics and composites with that 

of 50%PT-epoxy composite obtained in the current 

work. It can be seen that the highest pyroelectric 

FOM value obtained for the random 50%PT-epoxy 

composite is comparable to the FOM of PZT 

ceramics. However it is still much lower than the 

pyroelectric FOM of pure PT which is 3 µC/m
2 

ºC. 

The reason could be associated with the very high 

Curie temperature of PT ceramics (490 ºC) which 

makes them difficult to pole. Furthermore the 

poling efficiency is very low due to the large 

difference in dielectric properties of the polymer 

matrix and the ceramic particles.   

 

 

 

 

 

 

 

 

 

Fig. 11. Pyroelectric FOM for random PT-epoxy  

composites as a function of PT content. 

 
Material   FOM 

(µC/m
2 
ºC) 

Test 

Temperature 

(ºC) 

Ref. 

PT                                             3 RT 11 

PZT 0.25 RT 12 

50%PZT-PVDF 0.11 30 12 

50%PT-PVDF 2.2 RT 10 

50%PT-epoxy 0.24 30  

Table1. FOM of some selected materials. 

 

For a 0-3 composite consisting of spherical ceramic 

grains embedded in a matrix, the electric field 

acting on an isolated spherical grain E1 is given by 

[13]: 

      
    

      
                                           Eq. 8 

In this equation, εm and εc are the dielectric 

constants of the spherical ferroelectric grains and 

polymer matrix, respectively, and E0 is the 

externally applied electric field. Since the epoxy 

matrix has a lower dielectric constant (4.6) 

compared to PT ceramics (200), during poling most 

of the applied electric field is concentrated in the 

polymer and about 6% of the applied electric field 

acts on the ceramic particles which leads to the low 

efficiency of the poling process. In order to 
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sufficiently polarize the ceramic particles the 

electric field acting on them has to be in the range 

of coercive field of the ferroelectric ceramic 

particles which is 6 kV/mm for PT [14]. According 

to analytical models developed by Wong and Shin 

[15]  the electrical conductivity of the polymer 

matrix plays a very important role in defining the 

piezoelectric and pyroelectric properties of the 

composites. A high conductivity matrix alters the 

internal fields in the composites and allows 

accumulation and dissipation of free charge on the 

particle-matrix interface which can enhance the 

permittivity, pyroelectric and piezoelectric 

coefficients of the composites. 

5 Conclusions 

Significant improvement in piezoelectric properties 

of PT-epoxy composites can be achieved by 

dielectrophoretic alignment of the ceramic particles 

inside the polymer matrix, especially at low volume 

fractions of PT, which favours higher flexibility and 

a lower density of the composites. The pyroelectric 

behaviour of 0-3 composites reveal an improvement 

in pyroelectric FOM for higher volume fraction 

composites. Using a polymer matrix with higher 

electrical conductivity and higher permittivity will 

enhance the poling efficiency and the final 

pyroelectric and piezoelectric coefficients of the 

composites. 
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 1 Introduction 

At the time of the Apollo missions, structural 
components sent to the Moon were mostly made of 
aluminum or other metallic materials.  Composites 
offer a lightweight alternative with a low coefficient 
of thermal expansion.  However, previous work 
done at the Canadian Space Agency [1] has shown 
that composites offer little resistance to lunar dust. 
In lunar exploration, dust poses a significant 
problem due to its pervasiveness, adherence, and 
abrasiveness, causing premature failures of 
structures, as it was learned during the Apollo 
missions [2].  The current work focuses on the 
resistance of high Young’s modulus carbon fiber 
composites suited for the space environment, 
M55J/RS3, basically a PAN fiber in a cyanate ester 
resin, coated with nanocrystalline nickel as a dust 
resistance mitigation measure.  The samples were 
exposed to thermal cycles from -196°C to 130°C for 
10 cycles. Young’ modulus, hardness, and resistance 
to abrasion for the coated samples are compared to 
the properties of the non-coated samples. The set-up 
consists of a sand blasting bench that has been 
adapted for the emulated lunar dust CHENOBI.  
These experimental results give a first evaluation of 
the suitability of space grade nickel coated 
composites for use in the lunar environment as 
structural components. 

 

2 Lunar Environment 

The lunar environment is an extreme one that poses 
challenges to the design of structures.  Lunar days 
and nights last 14 earth days each and temperatures 
vary from extremes of 120°C during the day to -
150°C at night in the most common exploration 
areas, with extremes of -230°C in the polar craters 
[3]. Structures must accommodate large temperature 

swings that occur rapidly during the change from 
day to night and vice versa.  
 
The dust, the lunar regolith, is an additional 
challenge.  It adheres strongly to all surfaces. The 
mechanical aspect of adhesion is due to the jagged 
shape of regolith particles as shown in Figure 1. The 
absence of an atmosphere means there is no wind 
that would otherwise smooth regolith particles, 
resulting in sharp edges [4]. While Figure 1 shows a 
fairly large particle, most particles are below 70 µm 
diameter; particles in this size range can infiltrate 
and abrade almost all mechanical systems, and will 
even abrade mechanical seals [7]. 
 
Regolith contains a small fraction of iron, 0.77% in 
mass [5].  However, this iron is in the form of 
nanophase-size (3 to 33nm) iron particle present in 
all dust particles [6].  Lunar dust then becomes very 
sensitive to electrostatic charging.  The particles get 
charged by the solar wind in the day and plasma 
electron currents at night and this leads to 
electrostatic adhesion [2]. This electrostatic charging 
enables particles to cling to ungrounded conductive 
surfaces and nonconductive surfaces. The solar wind 
charges the particles positively during daytime, and 
the electron plasma currents charge the particles 
negatively at night. Finer regolith grains will levitate 
under electrostatic charging and therefore, the dust is 
present at instrument level, even in the absence of 
any mechanical disturbance of the soil. This makes 
the dust highly pervasive, even a few meters above 
the ground.   
 
In contrast, the emulated lunar dust, CHENOBI, 
contains iron, up to 1-2% of the composition [8].  
These iron particles are mixed with the dust, but not 
aggregated to it.  Consequently, the emulated lunar 
dust does not react exactly like real regolith when 
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submitted to electrostatic charging or a magnetic 
field.  Experiments done with the emulated lunar 
dust will only replicate certain aspects of the 
behavior of lunar dust. 
 

 
Fig. 1.  Lunar regolith particle 

Image Credit: David S. McKay, NASA/JSC, Permission 
Granted. 

 
 

Any lunar vehicle will displace an important quantity 
of dust while moving. The dust propelled by the wheel 
will erode the structure of the vehicle itself or other 
structures around. The Apollo Lunar Rovers were 
driven at a speed of up to 13 km/h with a normal 
cruise speed of 6-7 km/h [3].  The lower gravity and 
the absence of atmosphere, combined with the 
electrostatic properties of the dust, all contributed to 
projecting the dust with considerable velocity and little 
attenuation.  The extreme example is a landing on the 
Moon that ejects dust particles at low angles at a speed 
of 2000 m/s, seriously eroding any surface in the 
vicinity [9]. Dust is a major concern when considering 
the lunar environment, and materials used for lunar 
applications must have the required survivability. 
 

3 Erosion of M55J/RS3 

In a preceding paper [1], we looked at the erosion of a 
M55J/RS3 composite. The space grade laminates, 
procured from Composites Atlantic Limited, are made 
of high modulus carbon fibers (M55J) [10] with 
toughened polycyanate resin (RS3) [11]. The 
laminates consist of four plies with a fiber orientation 

of 0/45/90/135°. The average thickness is 0.43mm. 
Properties are given in Table 1. 
 

Table 1. Composite material properties 

Property Fiber 
M55J 

Resin 
RS3 

Tensile strength 4020 MPa 80 MPa 
Tensile Modulus 540 GPa 2.96 GPa 
Density 1.91g/cm3 1.19g/cm3 

Volume content 60% 40% 
 
The rate of erosion was quite high. Sixty grams of 
emulated lunar dust were used on the samples with an 
impact angle of 30°, and twenty grams with an impact 
angle of 90°. Since the erosion rate with respect to the 
impact angle is not a linear behavior [12], it is not 
possible to extrapolate the results. The erosion was 
more severe for the 90° impact angle. Using a third of 
the emulated lunar dust generated half the erosion seen 
at 30°, which is typical of the erosion behavior of a 
brittle material [12].  There is not a definite consensus 
of how to define the brittle or ductile behavior of 
composites under erosion.  Part of the difficulty arises 
from the fact that the composite behavior under 
erosion will vary with the erosion factors, such as 
impact velocity, particle flux, or particle properties.  
The interest in defining the behavior is to predict what 
happens under ongoing erosion.  A brittle material will 
show a higher material loss when impacted at 90º, and 
the material loss will be proportional to time of 
exposure to the abrasive particles.  A ductile material 
will show maximum material loss when impacted at 
an angle of 30º, but will go through a phase where the 
particles will embed themselves in the composite.  As 
the bombardment goes on, the mass loss will resume a 
linear behavior with exposure time.  Some authors 
have also observed semi-ductile behavior where the 
material loss is maximized for an impacting angle of 
60º.  Most authors, though, report that thermosetting 
composites, such as the one used in this paper, present 
a brittle behavior under erosion. 
 
The erosion observed for the M55J/RS3 was quite 
superior to the one seen for aluminum [1] and 
concerns were raised on the use of composites for 
lunar missions in conditions where it would be 
subjected to projected dust.  This led us to investigate 
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coatings which could provide erosion protection, 
while being suitable for the space environment. 
 

4 Nickel Coated Samples  

A Canadian company, Integran, is producing a 
nickel based coating that increases resistance to 
erosion.  The coating consists of grains of 20µm or 
less of a ferrous nickel alloy.  It has shown promises 
for tooling and has already been applied on 
composites. A layer of an average thickness of 
75µm was deposited on M55/RS3 samples. The 
thickness can be approximated based on the 
manufacturing process, but destructive tests are 
needed to measure the coating thickness. Two 
coatings were experimented with: Nanovate N1010 
(nNi) and NanovateN2035 (nNiFe), which contains 
a higher proportion of iron than Nanovate N1010. 
Properties are presented in Table 2, as per the 
manufacturer. These samples were thermally cycled, 
from -196°C to +130°C for 10 cycles, and then 
submitted to the same erosion testing as the pure 
composite samples. Figures 2 to 5  show a sample 
before the erosion test with increasing levels of 
details. The square in Figure 2 is the section used for 
the electron microscope observation. 
 

Table 2. Coating properties 

Property Nanovate 
N1010 

Nanovate 
N2035 

Hardness  400 VHN 450 VHN 
Yield strength  790 MPa 1100 MPa 
Tensile strength 1300 MPa 1600 MPa 
Young’s Modulus 150 GPa 110 GPa 
Poisson’ Ratio 0.31 0.30 
CTE 13.6 ppm/°c 6-7 ppm/°C 
Density 8.9 g/cm3 8.4 g/cm3 

 
 

 
Fig. 2. N2035 sample before test 

 

 
Fig. 3. N2035 sample cross section (before test) 

 

 
Fig. 4. N2035 surface 30x (before test) 
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Fig. 5. N2035 surface 100x (before test) 

 

5 Test set-up 

The experiment and protocol are the same as the 
ones presented in the previous paper [1]. The erosion 
testing was performed at 30° and 90°. The amount of 
emulated lunar dust projected on the samples was 
60g for both impingement angles. When the bare 
samples were tested, at an impingement angle of 90º, 
only 20g were used, since a 60g quantity would lead 
to making a hole in the samples.  Three samples of 
each coating type were tested. As shown in Figure 6, 
a sandblast cabinet was used to safely prevent dust 
from escaping and making contact with skin or lungs. 
The apparatus used for the erosion testing was 
placed inside the cabinet. Emulated lunar dust was 
stocked in the funnel, and a vacuum cleaner was 
used to remove the levitating dust from the cabinet. 
 

 

Fig. 6. Propelling dust apparatus 

 
The test setup is presented in Figure 7. The sample 
holder can be rotated about the impact center to vary 

the impact angle. The distance between the nozzle 
and the sample was set to 100mm and the air 
pressure was controlled with a regulator. The speed 
of the particles was estimated to be 38 m/s (driving 
gas pressure of 275 kPa) based on the speed of the 
air without the emulated lunar dust, measured using 
an anemometer. 

 

 
Fig. 7. Regolith simulant projection test setup 

 

6 Emulated Lunar Dust 

The emulated lunar dust used was the CHENOBI 
one, which is highly representative of the abrasive 
properties of the actual lunar dust [8][13]. The 
CHENOBI is composed of glass at 53% and 
plagioclase at 44% (which include Aluminum at 17% 
and Calcium at 11 %). Figure 8 shows a 
macroscopic view of the CHENOBI dust used for 
the experiment. The particles have a crystalline 
nature with sharp edges. One particle can be clearly 
identified (300μm) on the right side of the picture. 
The other particles are much smaller (0.1μm to 
50μm).  
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Fig. 8. CHENOBI particle 

 

7 Test results 

The erosion test was performed for both coatings at 
30° and 90° impingement. For all the samples, the 
projected emulated lunar dust did not go through the 
coating. An additional test was done on the last 
sample of both series to see if the coating could 
resist to a second dust projection and it effectively 
survived.  Table 3 presents the result for a 30° 
impingement angle. 
 

Table 3. Erosion rate at 30° 

Angle: 30° Sample Erosion rate 
(mg/60g) 

N1010  44 17.2 
45 15.2 
46 14.6 
46 (second pass) 13.5 

N2035 54 17.0 
55 19.2 
57 19.4 
57 (second pass) 25.8 

 
The test results presented in the previous paper were 
giving an erosion rate, at 30° for the composite 
without coating, of 115mg of eroded material for 
60g of dust projected, and for the aluminum, of 
6.3mg of eroded material for 60g of dust projected. 

The erosion rates for the coated sample are now 
much closer to the ones of the aluminum sample. 
 
Figure 9 shows Sample 57, a sample with a nickel 
iron coating, after the erosion test. The surface is 
uniform, and the surface is not as glossy as the one 
shown in Figure 2. 
 

 
Fig. 9. Sample 57 

 
Figure 10 shows that the grains at not visible when 
compared to the un-tested sample shown in Figure 4. 
The dark spot is either a particle of simulant or a 
hole in the coating. The observation under the 
microscope and the energy-dispersive spectroscopy 
(EDS) analysis perform was unable to confirm the 
nature of the spot. EDS peaks other than the 
expected ones for the nickel coating were not 
predominant. It was impossible to conclude that 
these spots were bare composite.  On other samples, 
we were able to confirm that these types of spots 
were areas where there was no coating left. 
 

 
Fig. 10. Sample 57 at 30x 
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The cross section, shown in Figure 11, was taken at 
the center of the impact region. The thickness of the 
remaining coating is uniform. Since it was not 
possible to measure the coating thickness before the 
test (a destructive test would be needed), the 
thickness of the remaining coating cannot be 
compared to the one before testing. However, the 
coating after erosion testing is thinner that the 
primer, which was not the case before erosion 
testing as can be seen in Figure 3. 
 

 
Fig. 11: Sample 57 cross-section 

 
Table 4 presents the result at a 90° impingement 
angle. 
 

Table 4. Erosion rate at 90° 

Angle: 90° Sample Erosion rate 
(mg/60g) 

N1010  42 2.8 
43 3.1 
47 3.2 
47 (second pass) 5.9 

N2035 52 17.3* 
53 7.0 
58 6.6 
58 (second pass) 7.5 

* Outlier result 
 
The test results presented in the previous paper [1] 
were showing an erosion rate, at 90°, for the 
composite without coating, of 56 mg of material loss 
for a 20g of projected emulated lunar dust.  For 

aluminum, there was a gain of 1mg for 60g of 
projected emulated lunar dust.   This gain in mass is 
indicating that the aluminum was in its phase of 
absorption of impinging materials, as is the case for 
ductile materials. Table 4 shows that the coating 
clearly improves the erosion rates, by reducing the 
56 mg of material loss for 20g of projected emulated 
lunar dust, to a few grams of material loss for 60g of 
projected lunar dust, a major improvement. 
 
Figure 12 shows Sample 58, a sample coated with a 
nickel iron alloy, after the erosion test.   Sample 58 
is being eroded with an impingement angle of 90º.  
Small wrinkles can be seen on the surface at the 
center of the impacted region. These surface 
deformations are clearly seen on the cross section 
view shown on Figure 14. 
 

 
Fig. 12. Sample 58 – nickel iron coating impacted at 

90º 

 
Just as was the case for the samples eroded with an 
angle of 30º, Figure 13 shows some dark spot at the 
surface of the nickel iron coated sample eroded at an 
angle of 90º.  Again, this is either a particle of 
emulated lunar dust or a hole in the coating. The 
observation under the microscope and the energy-
dispersive spectroscopy (EDS) analysis perform did 
not lead to a conclusion on the nature of the spot.  
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Fig. 13. Sample 58 - nickel iron coating impacted at 

90º magnified at 30x 

 

 
Fig. 14.  Sample 58 cross-section - nickel iron 

coating impacted at 90º 

 

8 Discussion 

The samples eroded with an angle of 90º have 
shown a good resistance to erosion, very similar to 
the ones obtained for aluminum.  The erosion rate 
was greater than for the samples eroded with a 30° 
angle, which is typical of a ductile material behavior.  
 
Ductile materials, such as nickel, will absorb some 
of the impingement particles when submitted to 
erosion. The absorption is worst at 90° compared to 
30°. The following figures present the energy-
dispersive spectroscopy (EDS) analysis for the 
samples presented previously. The EDS analysis for 
the non eroded sample, shown in Figure 15, displays 

only nickel (Ni) and iron (Fe) as components, which 
are the elements found in the coating material. 
Figure 16 looks at Sample 57, a composite sample 
coated with a nickel iron alloy and eroded with an 
angle of 30°.  Traces of aluminum (Al) and silicon 
(Si) are found, which shows that some emulated 
lunar dust particles are absorbed, since these 
elements are found in the emulated lunar dust and 
not in the coating. Figure 17 shows the EDS for 
Sample 58, a composite sample coated with a nickel 
iron alloy eroded at 90°. Aluminium, silicon, and 
calcium (Ca) are found in a greater proportion than 
what is the case for the 30° impingement angle.  
This confirms that the coating is behaving as a 
ductile material. 

 
Fig. 15. EDS analysis before erosion for the nickel 

iron alloy coated composite 
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Fig. 16. EDS analysis for the nickel iron alloy coated 

composite with an impingement angle of 30º 

 

 
Fig. 17. EDS analysis for the nickel iron alloy coated 

composite with an impingement angle of 90º 

 
 Particles on the surface of a coating will change the 
surface thermal properties (reflectivity, solar 
absorptivity, and IR emissivity). As mentioned 
earlier, the magnetic properties of lunar dust are not 
adequately represented by the emulated lunar 
regolith. On the moon, the particles will adhere to 
the surface, which will have an even higher impact 
on the thermal properties.   Evaluation of the thermal 

properties before being eroded and after erosion is 
being currently done. 

1.1 Comparison with an Aluminium Panel 
The main advantage of the carbon fiber composite 
material over aluminum for a honeycomb panel is 
the mass, low CTE, and high stiffness. The coating 
helps the composite resist to erosion, but the added 
mass from the primer and coating reduces the mass 
advantage of the carbon fiber composite. In order to 
compare composite material to aluminum for the 
mass, the equivalent thickness of aluminum required 
to obtain the same stiffness as the composite must be 
evaluated.  
 
Even if the coating has a high modulus, the coating 
is so thin that it won’t influence the overall modulus 
of the coated sample. The uncoated sample has a 
modulus of 100 GPa as obtained by test [1] and 
150 GPa for the nickel alloy coating, as stated by the 
manufacturer. Analytical calculation and preliminary 
test results show that the modulus increase due to the 
coating is negligible. The modulus of the coated 
sample is approximately 105 GPa. The equivalent 
aluminium thickness needed to have the same 
stiffness would be 0.769mm, compared to 0.620mm 
for the coated sample. The surface density of the 
coated sample is 1.23kg/m2 and the surface density 
of the equivalent thickness of aluminum is 
2.08kg/m2. The uncoated composite has a surface 
density of 0.615 kg/m2.  Without the coating, the 
composite represents a mass reduction compared to 
aluminium of 70%.  With the coating, the mass 
reduction drops to 41%, which is still an appreciable 
mass gain from a mission perspective.  Coating only 
areas submitted to intense abrasion would increase 
the mass gain. 

1.2 Other Advantages of the Coating 
Other than the advantages mentioned earlier, the 
conductive coating will improve to various levels the 
surface charging, the electromagnetic compatibility 
(EMC), the reduction of electromagnetic 
interference (EMI), and radiation protection 
compared to an uncoated sample. The small 
thickness of the coating will be sufficient to prevent 
surface charging, but it may have a limited impact 
on the EMC/EMI. The thickness will have a filtering 
effect on the electromagnetic wave frequency, but a 
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thicker coating will be required for a better 
protection over a large frequency band. The 
EMC/EMI and radiation protections will probably 
be less effective than the ones gained with aluminum, 
but can still be sufficient to warrant the use of a 
coated carbon fiber composite. No tests were 
performed to quantify the surface charging, 
EMC/EMI, and radiation protection. 
 

9 Conclusions and Future Work 

This work has shown that a nickel alloy coating with a 
low CTE can protect composites from erosion, 
producing a material with the advantage of aluminium 
with respect to abrasive lunar dust, but with the added 
benefits of a low CTE and stability under large 
temperature excursions.  Future work will involve 
evaluating the thermal properties of the nickel coated 
samples to evaluate their structural use for lunar 
applications. 
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1 Introduction 

Mass transportation Original Equipment 

Manufacturers (OEMs) are increasingly adopting 

composite technologies to develop light, strong and 

durable components. Continuously rising gas prices 

and the approach of new, stricter Corporate Average 

Fuel Economy (CAFE) standards further force these 

OEMs to actively seek increases in fuel economy 

and lower cost solutions. For those who have already 

had composite production lines for years, it is an 

urgent requirement to update their manufacturing 

technology, in order to take advantage of new 

materials and techniques. They must also optimize 

their designs to further trim weight and 

manufacturing costs while maintaining or improving 

structural performance. 

In this paper, a bus entrance door was redesigned 

under the request of a bus OEM to adopt a low cost 

manufacturing technology and improve the 

structural performance. The manufacturing process 

was changed from Resin Transfer Molding (RTM) 

to Light Resin Transfer Molding (RTM lite). The 

weight of the part was reduced by simplifying the 

structure. The new door’s upper structure was 

inwardly pre-warped at its closed position to 

decrease the thermal deformation of the original 

design. Finite element analyses (FEA) were 

implemented to validate the structural change and 

material selections. 

 

2 Original Entrance Door 

The entrance door is a front side door for passengers 

to enter/exit the bus as shown in Figure 1. The 

current production door is a thick sandwich structure 

manufactured by RTM. The fibre reinforcements are 

primarily randomly oriented glass mats. 

Polyurethane foam is used as the core material. 

Figure 2 shows the composite door’s interior 

geometry. Figure 3 illustrates the core structure. 

 

When subjected to an extreme temperature 

difference of +72.5F interior/-40F exterior, the upper 

end of the door displaces up to 1 in. outward from 

the original position. Figure 4 is a FEA illustration 

of the thermal deformation.  

Several modifications to the door have been 

attempted to minimize the thermal displacement. 

These include stiffening the upper frame with a pair 

of slender steel plates to resist the thermal bending 

(Figure 5), and patching the frame with 

unidirectional fibre reinforcements that have lower 

thermal expansion coefficients. However, none of 

these solutions resulted in a significant 

improvement. 

 

3 Redesign Requirements 

The new door is to be made by RTM lite processing 

to ease manufacturing and lessen production 

associated capital investments. For this purpose, the 

original structure had to be simplified. The new 

design is expected to minimize thermal deformation 

with respect to the door frame. In addition, the new 

door should weigh less than the current production 

door. 

 

4 Preliminary Designs 

4.1 Preliminary Structural Design 

The current production door’s external surface, 

shown in Figure 6, was retained to be the moulding 

surface for RTM lite processing. By keeping the 

surface profile and features of the production door 

the smoothness of the bus exterior can be 

maintained. A new RTM lite tool was also designed 

to provide a class A surface finish. 

The interior structure of the new door was a 

simplification from the original. To reduce weight 

and thermal displacement, the middle section 

became a framed laminated structure. Only the 

perimeter, cross frames, and rub rail were 

constructed with sandwich construction. The core 
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height was reduced by 0.8 in. A sheet metal brace 

was designed to bridge the perimeter frame for 

handle and hinge installation. The new design 

suitable for RTM lite processing is shown in Figure 

7. 

 

4.2 Finite Element Model 

A finite element model (FEM) of the preliminary 

design was created using Siemens NX 8.0. The door 

hinges were included to provide constraint supports 

to the door structure. The laminate skin, metallic 

brackets and glass were modeled with 2D Tria3 and 

Quad4 elements. Core and door hinges were 

simulated with 3D tetrahedron 4 brick elements. The 

model is shown in Figure 8. 

 

4.3 Preliminary Material Selection 

Instead of the randomly oriented fibre mats used for 

the current production door, the following fibre 

reinforcements were selected for the redesigned door 

and RTM lite processing: 

 

Fibre_1 – a 0.17lb/sq.ft fibre mat serving as both 

fibre reinforcement and the flow media for 

liquid resin infusion; 

Fibre_2 – a 0.13lb/sq.ft unidirectional fibre mat   

serving as a structural reinforcement; 

Fibre_3 – a 0.18lb/sq.ft +45/-45 double bias fibre 

mat serving as a structural reinforcement. 

 

Fibre_2 and Fibre_3 primarily serve as structural 

layers providing stiffness and load carrying capacity. 

These particular fibre reinforcements are the 

frequent supplies of the OEM’s shop floor. 

Therefore, the material costs could be controlled. 

A thin cork core was incorporated into the door’s 

exterior skin to act as a print blocker and improve 

the surface finish. 

The following core materials were assessed for the 

new design: 

 

Core_1 –  the same polyurethane foam used for the 

current production door; 

Core_2 –  0.0056lb/cu.ft balsa. The balsa has similar 

density as the polyurethane foam but is 

stiffer and has a lower coefficient of 

thermal expansion; 

Core_3 –  a 3D flexible foam core with closed cells. 

This core has the lowest density and is 

stiffer than its polyurethane counterparts. 

The preliminary lay-up sequence for the laminated 

structure was selected as following: 

 
Fibre_1/Fibre_2/Fibre 3/Corecork/Fibre_3/Fibre_2/Fibre_1 

 

The door’s vertical direction was taken as the 

longitudinal direction for the fibre reinforcements. 

 

Sandwich construction was preliminarily defined as:  

 
Fibre_1/Fibre_2/Fibre 3/Corecork/Core/Fibre_3/Fibre_2/Fibre_1 

 

4.4 Mechanical Performance 

The entrance door was conservatively assessed using 

a set of extreme g loads that were obtained from a 

track test. Table1 displays the load ratios in the x, y 

and z axis of the globe coordinate system. 

x-axis represented the bus lateral direction, y-axis 

represented the bus longitudinal direction, and z-axis 

represented the bus vertical direction. 

The door’s reaction to the g loads was assessed at 

the condition that the door was fully closed, e.g the 

hinges and latches were fully constrained in the 

finite element model.  

The extreme load case was the outward lateral (+x 

axis) acceleration combined with negative 

longitudinal (-y axis) and vertical (-z axis) 

acceleration. Figure 9 shows the reaction 

displacement to this load case. The results were 

generated using Siemens NX NASTRAN solver.  

The predicted minor deformations were negligible 

for this application. The maximum ply and core 

stresses (Figure 10, Figure 11) were also small and 

resulted in a high margin of safety. The redesigned 

composite structure was sufficiently strong.  

 

4.5 Thermal Performance 

4.5.1 Temperature Difference 

The door is required to sustain an extreme 

temperature scenario where its exterior surface is at 

a temperature of -40F while its interior surface is 

heated by blowing hot air at 72.5F. The door should 

be fully latched and closed for this scenario except at 

the upper end. The exterior door face was set to -

40F. To simulate the flow of air over the door from 

the window defroster a convection coefficient of 

1.28 Btu/hr·ft2·F at an internal air temperature of 

72.5F was applied to the interior core surfaces.  Due 

to limitations with the analysis solver, Siemens NX 
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NASTRAN, it was assumed that the temperature 

across the thickness of the laminate was constant.  

This is a reasonable approximation since the 

laminate is relatively thin. The calculated 

temperature distribution was used for thermal 

displacement analysis. Figure 12 illustrates the 

temperature distribution of the door with 

polyurethane core. 

 

4.5.2 Thermal Bending 

Siemens NX NASTRAN was used for the thermal 

analysis. The door hinges and middle latch were the 

only parts constrained to allow the top end of the 

door to displace freely as shown in Figure 13. 

The door with polyurethane core was analyzed first. 

The results indicated that the new door structure did 

not reduce the thermal deflections. The top end still 

displaced 1 in. when subjected to the extreme 

temperature case. 

 

4.5.3 Material Iterations 

Several material and layup iterations were attempted 

with the intention to reduce the thermal 

displacement. The material and lay-up changes 

achieved only limited success. The maximum 

reduction in thermal displacement was only 15% 

Figure 14 illustrates the thermal displacement of the 

door with laminate skin consisting of only 

unidirectional fibre. This laminate configuration is 

an extreme case to   demonstrate the fibre’s capacity 

of minimizing the thermal displacement. The 

unidirectional laminate skin with low coefficient of 

thermal expansion could reduce the door’s thermal 

displacement to 0.86 in. However, It is not suitable 

for RTM lite processing due to a resulted low 

permeability for liquid resin flow. 

It was expected that a core with higher stiffness 

might provide resistance to the thermal bending. 

Two stiffer core materials, Core_2 and Core_3 were 

assessed by first recalculating the temperature 

distribution. Figure 15 and Figure 16 display the 

analysis results. Both cores reduced the door’s 

thermal displacement, but the magnitude was too 

small to be useful.    

The analysis indicates that the thermal displacement 

could not be significantly reduced by only replacing 

the material and changing the lay-up, a structural 

modification was necessary. 

 

5. Pre-Warped Design 

5.1 Modified Structural Design 

The geometry of the preliminary design was altered 

in order to compensate for the thermal deflection. 

The upper half of the door was bent inwards 0.7 in. 

along a line running parallel to the bottom of the 

window. Figure 17 compares the original RTM lite 

door geometry with the new pre-warped design. 

The layup used for the modified structures is given 

below. 

 

Fibre_1/Fibre_2/Fibre2/Corecork/Core/Fibre_2/Fibre_2/Fibre_1 

 

5.2 Temperature Profile 

The deflection of the door under extreme cold was 

examined. The pre-warped door was evaluated using 

the same thermal conditions discussed in Section 

4.5.1. The temperature profile of the door is shown 

in Figure 18. 

 

5.3 Thermal Deflection 

To close the door a load cylinder applies a force to 

the bottom hinge. The upper and mid-door latches 

do not engage until the door and frame dovetails are 

engaged as shown in Figure 19. Therefore, the 

deflection of the upper part of the door away from 

the upper latch was measured once the dovetails 

were fully engaged. 

In order to analyze this problem a force of 100 lbf 

was applied to the lower hinge in the direction of the 

load cylinder arm. The pin locations at both the 

upper and lower hinges were fixed in all degrees of 

freedom except for the pin rotation. Surface-to-

surface contact simulation objects were used to 

model the contact between the door panel and the 

frame and the seal. By pre-warping the door the 

deflection of the door away from the upper latch was 

decreased to only 0.1 in. as shown in Figure 20. 

 

5.4 Pre-Warped Door Strength 

The stresses in the laminate and core were examined 

when the door was in its fully closed position. The 

strength ratio of each ply was calculated using the 

Hoffman failure criterion. The lowest strength ratio 

was 1.32 and occurred in one of the unidirectional 

plies at the corner of the lowest tapping plate. The 

strength ratio values for the critical ply are shown in 
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Figure 21 where the darkest color represents the 

lowest strength ratio. 

 

The highest core stresses occurred at the upper 

tapping plate and the corners of the rub rail as shown 

in Figure 22.  The minimum safety factor for the 

core was 1.42. 

 

5.5 Manual Closing Force 

It was thought that the pre-warp in the door would 

make it more difficult to manually close if required. 

An additional analysis was performed to ensure that 

one person could manually shut the entrance door. 

This analysis was performed at room temperature 

and with all other loads removed. A force of 50 lbf 

was applied to the door between the door handle 

opening and the frame.  Figure 23 shows that the 50 

lbf force was sufficient to close the door and 

compress the seal. 

 

6 Design Improvements 

The redesigned door provided additional benefits 

besides the improved thermal performance. The 

weight was reduced by 31 lb, a 22% reduction from 

the current production door. Additionally, the cost to 

manufacture the new RTM lite door was reduced by 

45%. 

 

7 Conclusions 

A bus entrance door was successfully redesigned to 

reduce manufacturing costs and weight, and to 

decrease the thermal displacement. The new RTM 

lite door was pre-warped inward and resulted in 

greatly reduced deflection of the door under a severe 

thermal gradient. The redesigned door was also 

estimated to be 24% lighter, and 45% less 

expensive, than its original RTM counterpart. 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Table 1 G load ratio in x, y and z axis 

x-axis y-axis z-axis 

1 2 0.8 

 

 

 
 

Fig.1. Bus entrance door 

 

     
 

 Fig.2. Interior structure          Fig.3. Core structure 
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Fig.4. Thermal deformation of the production door 

 

 

 
 

Fig.5. Attempted modification - stiffened door frame 

 

 

 
 

Fig.6. External surface 

 
 

Fig.7. Preliminary interior structure design 

 

 

 
 

Fig.8. FEM for the preliminary design 

 

 

 
 

Figure.9. Lateral displacements due to outward 

acceleration 
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Fig.10. Maximum ply stress of the laminate skin 

 

 

 
 

Fig.11. Maximum stress in core structure 

 

 

 
 

Fig.12. Temperature distribution  

 
 

Fig.13. Thermal displacement of new door structure 

 

 

 
 

Fig.14. Door constructed with unidirectional laminate 

 

 

 
 

Fig.15. Door with balsa core 
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Fig.16. Door with 3D flexible foam core 

 

 

 
 

Fig.17. Original prototype geometry compared to pre-

warped prototype geometry 

 

 
 

Fig.18. Temperature profile of the pre-warped door 

 
 

Fig.19. Dovetails fully engaged 

 

 

 
 

Fig.20.The deflection away from the upper latch 
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Fig.21. Strength ratio for the critical ply 

 

 

 
 

Fig.22. Stress in the core 

 

 
 

Fig.23. Door profile under 50lbf of closing force 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
The current certification process for rotor blades of 
wind turbines is essentially based upon a number of 
coupon tests to establish the material properties, 
followed by a full scale blade test to check the 
design of the blade. Hardly anything is tested on the 
intermediate subcomponent level, except for the root 
connections, where subcomponent tests are carried 
out. This situation contrasts starkly to other 
industries where tests at the intermediate level are 
far more commonly used to verify the design 
assumptions and optimize structural details.  
Not only does the current procedure in principle 
require a full scale blade test when even a single 
material or structural detail is exchanged, but the 
available worldwide test capacity, especially for 
larger blades, is insufficient to carry out all required 
tests, causing major delays in blade development.  
Another problem with the current approach is the 
lack of statistical data for the blades, since typically 
only one blade is tested. Furthermore, it can safely 
be assumed that the lack of standards for 
certification based on subcomponent test is a serious 
impediment to the development of new rotor blades: 
full scale blade tests are hardly suitable for what-if 
scenarios, where various solutions for a structural 
problem are compared on an experimental basis.  
 
2 Full scale blade testing according to 1 IEC 
61400-23 [1] 

The work on 61400-23 was first published as a 
technical specification in 2001. Work has continued 
since then, resulting in a standard which is currently 
being voted on by the member states. A major 
difference between this upcoming IEC standard and 
the GL standard is the requirement of a dynamic test 
of the blade. From a technical point of view this 
makes perfect sense: many manufacturing errors 

cause failure during fatigue tests – after the static 
tests have been successfully concluded.  

2.1 purpose of the IEC 61400-23 blade test 

A full-scale blade test is current method of proving 
experimentally that a design meets the required 
standard. In the IEC61400-23 the purpose of a blade 
test is outlined as follows: 
“The fundamental purpose of a wind turbine blade 
test is to demonstrate to a reasonable level of 
certainty that a blade type, when manufactured 
according to a certain set of specifications, has the 
prescribed reliability with reference to specific limit 
states, or, more precisely, to verify that the specified 
limit states are not reached and the blades therefore 
possess the load carrying capability and service life 
provided for in the design.  
Additionally, tests determining blade properties 
have to be performed in order to validate some vital 
design assumptions used as inputs for the design 
load calculations. It has to be pointed out that the 
required blade property tests do not cover all design 
assumptions. 
Normally, the full-scale tests dealt with in this 
standard are tests on a limited number of samples; 
only one or two blades of a given design are tested, 
so no statistical distribution of production blade 
load carrying capability can be obtained. Although 
the tests do give information valid for the blade type, 
they cannot replace either a rigorous design process 
or the quality system for series blade production. 
Furthermore, the tests described in this standard are 
not intended to be used for the testing of mechanism 
function nor to establish basic material strength or 
fatigue design data for blades and/or components.” 
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2.2 limitations of the IEC 61400-23 blade test 

It is important to mention what is inherently 
not tested: 

 Validity of design loads 
 Environmental conditions 
 Scatter in results 
 Changes in production or design 

It is especially important to notice that most failures 
occurring during certification testing are due to 
manufacturing defects, so the necessary omission of 
any testing of subsequently produced blades makes a 
stringent quality control system vital to the integrity 
of the produced blades. Given the frequent 
occurrence of failures during testing and the rather 
high variation in the quality of the produced blades, 
the industry has a major challenge ahead to produce 
more reliable blades, without a major cost increase. 
Particularly for offshore applications, where the 
rental of a vessel can be some €200,000 per day, and 
requiring a few days in case of adverse weather 
conditions. These costs, added to the loss causedby 
months of standstill, for turbines not accessible all 
year round, render the costs of manufacturing 
defects in blades inacceptable. 

 

2.3 overview of the IEC 61400-23 blade test 

Although IEC allows for other options, a 
typical blade test is contains following steps: 

1. Determination of the dead weight, and center 
of gravity of the blade 

2. Installation of a number of strain gauges on 
the blade, sometimes also on the bolts that 
connect the blade to the pitch bearing or 
adaptor plate.  

3. Measurement of the natural frequencies of the 
blade 

4. A static blade test, typically in 4 directions at 
90º (flapmin, flapmax, lead-lagmin, lead-
lagmax), see Figure 1. 

5. Fatigue tests in 2 directions, (flap- and lead-
lag-wise), see Figure 2. 

6. A static test as in step 4 

2.4 Weight and center of gravity 

To verify that the design and manufacture together 
produce a blade with the specified design weight and 
manufacture upon arriving at the testing facility the 
blade is weighed and its center of gravity is 

determined. The blade may or may not be weighed 
with the root bolts installed. 

2.5 Installation of sensors 

The installation of sensors, mostly strain gauges, 
occurs right after weighing the blade so that the 
gauges can be utilized throughout the testing 
program. Both uni-axial gauges and rosettes are 
utilized to measure the various strain deformations. 
At several cross sections along the length of the 
blade a minimum of 4 gauges are installed around 
the section on the spar caps on the high and low 
pressure sides, on the leading edge, and on the 
trailing edge to measure the longitudinal strain 
responses in the static and fatigue testing. The 
rosettes are typically installed on the shear web 
inside the blade to monitor the shear in the biax 
laminates.  Additional uniaxial gauges may be 
installed on a few root bolts to monitor the tension 
and bending that results in the tightening of the bolts 
and during the static testing. 

2.6 Measurement of natural frequencies 

The measurement of the natural frequencies of the 
blade provides the first chance for the designer and 
manufacturer to experimentally verify the stiffness 
and mass distribution. A comparison with the 
calculated natural frequencies can quickly reveal 
flaws in design assumptions or deviations from the 
design during the manufacturing stages.  
The main objective of the testing is to determine the 
first few natural frequencies and their corresponding 
modes, in the flap and lead-lag directions. The 
testing and analysis can be expanded to include 
determination of the modal damping. Various 
methods exist to determine the natural frequencies 
and their mode shapes, which include impact 
excitation, using a fast Fourier transform (FFT) and 
frequency response function (FRF), respectively. In 
addition to the use of impact excitation, is the ability 
to shake the blade into a specific mode shape either 
by hand or with a mass exciter. 
A distributed network of instrumentation along the 
length of the blade must be employed to measure the 
excited responses. Typical instrumentation are 
multi-axis accelerometers and/or strain gauges. 
Determining the natural frequencies is typically 
conducted at the beginning and end of the testing 
program, after the post-fatigue static test.  
Conducting the test at the beginning and end of the 
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3  

program allows for an easy evaluation of 
accumulated damages and their effect on the 
stiffness and thus the frequency response of the 
blade.  Additional natural frequency tests might be 
conducted after specific stages of the testing, i.e. 
after the fatigue testing, to determine the effect of 
one specific test on any changes in the natural 
frequency. 

2.7 Static blade test 

The static blade test applies the most critical loads 
along the length of the blade to verify (1) that these 
loads can be resisted and (2) that the strains and 
deflections match the predicted values from the 
calculations. Setup of a static test consists of 
cantilevering the blade from a large and rigid 
support block and fixing loading frames to the blade, 
as shown in Figure 1.  IWES uses the load frames 
and pulling concept, downward vertical that is 
shown in Figure 1; however, other concepts are also 
widely used.  
Additional instrumentation to the strain gauges used 
during a static test include: displacement 
measurements, to measure the main pulling axis 
deflection, often through the use of draw wire 
sensors; load cells, to measure the applied forces; 
and possibly angle sensors, to measure the change in 
slope at various points on the blade. For most static 
tests IWES employs the use of 4 to 6 load 
application points and corresponding displacement 
measurement points, as well as at the tip.  
As previously stated, a static test is often conducted 
for 4 directions, where each angle is a 90º rotation 
from the other, and the goal is to load the main 
structural elements in the flap and lead-lag 
directions. For the flap tests this means the load 
carrying spars on the high and low pressure sides. 
For the lead-lag tests this means the trailing and 
leading edges.  
The four directions and the axes of the blade to 
which the loading corresponds are: 

1. flapmin = high pressure side under compression 
2. flapmax = low pressure side under compression 
3. lead-lagmin  =  trailing edge under compression 
4. lead-lagmax  = leading edge under compression 

Loading for a static test is conducted quasi-statically 
with the load applied in a few load steps up to the 
100% required test load.  At each of these load steps 
the experimental deflections and strains can be 
verified against the expected and a determination 

can be made on whether to advance the test further.  
At 100% the load is held for a minimum of 10 sec to 
allow for the load to settle before the load is released 
back to zero.   

2.8 Fatigue blade tests 

To verify the designed lifetime, dynamic fatigue 
testing is conducted on the blade. As with the static 
testing, the loading is directed to load the structural 
elements in the flap and lead-lag directions. Again, 
the blade is cantilevered from a large and rigid 
support block and at least one load frame is mounted 
on the blade to attach an exciter to the blade, as is 
shown in Figure 2.  IWES employs the use of an 
externally mounted hydraulic cylinder as an exciter 
with either the cylinder pushrod or a pushrod 
coupled to the movement of the cylinder attached to 
the load frame. Figure 2 illustrates the setup of a 
fatigue test for a bi-axial fatigue test; therefore, both 
the flap and lead-lag direction load structures are 
shown.  The flap direction loading, to excite the 
blade vertically, is accomplished through the 
cylinder which is attached directly to the load frame.  
The lead-lag direction loading, to excite the blade 
horizontally, is accomplished by the pushrod 
attached to the load frame, which is coupled to the 
movement of the cylinder through the use of a bell 
crank.  Additional load frames may be added to the 
blade for the fatigue test to adjust the bending 
moment distribution to more closely match the 
specified test bending moment. 
Additional instrumentation to the strain gauges 
already installed on the blade include: 
accelerometers; to track the dynamic movement; 
load cells, on the cylinder pushrod or coupled 
pushrod; and displacement measurement of the 
cylinder pushrod. 
The industry standard is not the bi-axial fatigue 
testing as shown, but is uni-axial testing, in flap or 
lead-lag direction. Both tests will be conducted; one 
after the other, but the order of the two is not 
significant.  The loading cycles for the flap and lead-
lag tests typically varies between 1 and 5 million 
cycles, which depends on the load amplitude that is 
applied to the blade.   
Tuning of the fatigue tests is done to reach the 
required bending moment along the length of the 
blade. IWES conducts a static bending moment 
calibration in both the flap and lead-lag directions to 
establish the correlation of strain and bending 
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moment at a specific point in the blade. The strain 
from the calibration is a measured value and the 
bending moment is computed based upon the 
measured force in the calibration and the radius of 
application of the force.  With these calibration 
parameters, the bending moment when the blade is 
moved dynamically is calculated from the actual 
strains and the calibration parameters. Throughout 
the fatigue test program, a few re-tunings are 
conducted to ensure that as the blade accumulates 
damages the testing parameters are still achieving 
the required loadings. 
In addition to the re-tunings throughout the fatigue 
testing program, inspections are typically conducted 
at regular intervals to check for any damages that 
might have been caused due to the testing. The 
standard inspections are visual inspections of the 
blade on the inside and outside. Inspection routines 
for the flap direction testing would concentrate on 
the spar caps on the high and low pressure sides and 
for the lead-lag direction on the leading and trailing 
edges. Any damages found are noted and then 
closely monitored for the rest of the testing to track 
their progression. 

2.9 Post-fatigue static tests 

At the end of the testing of the rotor blade an 
additional static test is conducted to verify that the 
blade can still withstand the most critical load cases 
even near the end of its useful life-span.  Therefore, 
another full round of static tests, all four directions, 
is completed on the blade prior to the end of the 
testing program. 
 
3 Conclusions on the full-scale blade test 
A number of advantages and disadvantages are 
inherent to the full-scale blade test and will be 
discussed here as a starting point for the alternatives. 

3.1 Advantages of the full-scale blade test 

A full scale blade test is essentially a rather efficient 
way to test a blade: the support structure can be 
bolted to the blade root using is the existing blade to 
turbine connection, which is both convenient and 
realistic.  
The very length of blade allows for large bending 
moments to be achieved with relatively modest 
applied forces, thus simplifying the load introduction 
and omitting overly large shear forces in the blade. 
The blade itself is loaded in operation only by its 

dead weight and the wind forces, both distributed 
loads, and is ill suited to take concentrated forces. 
Indeed the number of load frames seen in Figure 1 is 
not only aimed at producing the best approximation 
of the bending moment in the blade, but rather at 
limiting the concentrated forces and maximum shear 
loads in the blade. 
Also, with one test series as outlined in Chapter 2, 
static-dynamic-static, a large part of the blade 
structure is tested and the test has a fairly direct 
relation to the loads the blade encounters in practice 
with relatively simple boundary conditions to 
observe. The major violation of the boundary 
conditions is caused by the load frames which apply 
concentrated loads, rather than distributed loads and 
locally support the blade against instabilities. 
Therefore the IEC considers an area of 0.75 times 
the blade width from both sides of each load frame 
to be invalid. 

3.2 Testing time related problems with full-scale 
blade test 

The requirement for fatigue tests of the rotor blade, 
while sensible from a technical point of view, 
increases the testing time for rotor blades. Most 
blades are tested at their natural frequency, in order 
to save on energy and reach a proper bending 
moment distribution over the length of the blade. For 
larger blades, this means that the testing time 
increases because of the lower natural frequency, 
often as low as 0.4 Hz for the first flap natural 
frequency. At this frequency, 1 million cycles takes 
29 days. While tests are frequently interrupted, due 
to inspections or system shut-downs, the actual 
testing time is significantly larger.  

 
For large blades, the dead weight of the blades 
becomes a dominant load case, one that cannot be 
countered by adding extra material, forcing the 
designer to maximize the utilization of the blade 
material. Together with the rather severe load factors 
on the fatigue load, this causes the fatigue load on 
the blade to be at the edge of the technical 
possibilities, causing many designers to increase the 
number of cycles in order to be able to reduce the 
fatigue loads. This effect often results in blade tests 
with for instance 5 million cycles, which would 
require 5 months full-time testing for just the flap 
direction, or as much as one year for a complete 
blade test. During this time the tremendous 
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investments in the blade design, the form, the 
prototyping, etc. is put on hold, to await the 
certification test. For this reason, most 
manufacturers produce 4 prototype blades, 1 for the 
certification test in the lab, and the next 3 go onto a 
prototype turbine for the next step in the certification 
process, directly after the first series of static tests 
have been carried out. 
However, since more errors are exposed during 
fatigue testing than during static testing, it is hard to 
argue against the necessity of fatigue testing. The 
increasing testing time, coupled with a lack of 
testing facilities worldwide for larger blades, causes 
a major delay in blade testing, in effect hampering 
the industry as a whole. Thus, it becomes imperative 
to look for alternatives to a full-scale test method.  

3.3 Full-scale blade test as obstacle for innovation 

The lack of testing facilities and the enormous cost 
and time involved in the certification test of the 
blade are but one aspect of the stifling influence of 
the required full-scale blade test. Equally bad, 
perhaps worse, is that the slightest change in design 
or manufacturing process or materials used would in 
principle require a whole new blade test… hardly 
inviting minor improvements in either the design or 
production of the blades. Also, the manufacturers 
have no simple path to carry out tests to prove the 
various design options experimentally and cannot 
build a catalogue of details of which the structural 
properties, both static and fatigue, are known and 
accepted by the certification bodies. Unlike most 
other industries, where tests of smaller parts are 
quite customary, many manufacturers stick to tested 
und true blade designs within the company, since the 
risks involved are tremendous.  

 
4 Current status of the component tests 
Relatively few tests subcomponent test are widely 
used in the rotor blade development on a systematic 
basis, although the upcoming IEC standard allows 
for this [3], see also Figure 5.  

4.1 Existing subcomponent tests 

The single well-known test carried out today is on 
root laminate, such as the one shown in Figure 3, 
with typically three T-bolts or inserts tested, 
whereby the middle connection is the one aimed for 
since the edge effects are smaller. This test is used to 
demonstrate the load carrying capacity of the root 

connection where often high loads need to be 
transferred by relatively little material under 
complex load conditions. 
Another test, shown in Figure 4, has been developed 
by Fraunhofer IWES and Henkel [2] and is now 
proposed as a standard. It consists of an I-beam 
where the web and flanges are bonded with the 
bonding paste to be evaluated. This test represents a 
more elaborate, but far more realistic alternative to 
the lap-shear tests mentioned in, for instance, the GL 
standard.  

4.2 Ad-hoc subcomponent tests 

Other subcomponent tests are carried out on an ad-
hoc basis, where the test specimen is designed to 
model the structural detail considered. Acceptance 
by the certification body should be cleared in 
advance, since no defined standards exist. As 
publicly available data is lacking, a comparison 
between various solutions and materials requires a 
relatively large effort, since all combinations have to 
be tested for each interested manufacturer separately 
and interpretation of the results is open for debate.  
An example of such tests is the use of beams for 
testing the shear behavior of core materials, or the 
effect of ply-drops, modeled in the webs, or the 
trailing edge of a blade, tested in axial direction with 
a suitable eccentricity.     
 
5 Testing of blade sections 
Instead of testing the blade in one piece, the blade 
could also be cut at one or more radii and tested as 
such. The advantage is that the testing frequency can 
be increased significantly, and smaller lab space is 
needed to test large blades. Producing 2 blades 
would allow for an overlap between inner- and 
outer-board parts, thus the whole blade length could 
be tested. A major problem with this alternative is 
the introduction of the load for the inner-board part: 
applying the appropriate bending moment, without 
excessive shear forces. Similarly, the clamping of 
the outboard part can be problematic as well.  
Using the calculation sheets used at Fraunhofer 
IWES for establishing blade test offers, and ignoring 
the extra effort needed for setting up the outboard 
test the results of a full scale blade test in one part 
and that of a blade segment at 50% of its radius can 
be compared, in order to see whether the gains in 
testing time may offset the increase in testing costs. 
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Two examples are considered: a blade of 40 m 
length and a blade of 80m length.  

5.1 Example 1, a typical 40 m blade 

A blade of 40 m length is tested for 4 static loads, 
followed by 1 million cycles in flap-wise direction,  
1.5 million cycles in lead-lag-wise direction, and 
concluded by another 4 static tests. 3 static frames 
are assumed, 80 strain gauges, 20 strain gauges 
rosettes and 24 strain gauges to measure the 
elongation and bending in the bolts between the 
blade and the pitch bearing. The main results are 
presented in Table 1. The frequencies exceeding 2 
Hz are shaded, because it is deemed impractical to 
test at these frequencies.  The main conclusion is 
that for a 50% increase in costs, the testing time has 
been decreased from 6 to 5 months, hardly an 
interesting trade-off even if the additional effort of 
setting up the outboard testing are ignored. 

5.2 Example 2, a typical 80 m blade 

A blade of 80 m length is tested for 4 static loads, 
followed by 3 million cycles in flap-wise direction, 3 
million cycles in lead-lag-wise direction, and 
concluded by another 4 static tests. 6 static frames 
are assumed, 160 strain gauges, 40 strain gauges 
rosettes and 24 strain gauges to measure the 
elongation and bending in the bolts between the 
blade and the pitch bearing. 
The differences in cycles, and strain gauges, with the 
40 m long blade, though by no means the same for 
all customers, is considered indicative for the 
difference in testing set-up between small and large 
blades as observed at our institute.  
The main results are presented in Table 2. The main 
conclusion is that for a 15% increase in testing costs, 
plus additional effort for setting up the outboard test, 
the testing time has been decreased from 13 to 
slightly less than 9 months. In contrast to the 
example, the blade would typically be cut at 50 m, 
instead of 40 m radius, so the inboard and outboard 
test would take about the same amount of time. 
Given the major investments made by the 
manufacturer, cutting the blade could present a 
viable alternative in this case. 
 
6 Testing of blade components: outlook  

6.1 Cutting a blade into components 

Cutting a blade into sections is relatively 
straightforward, and clamping of sections is widely 
practiced for load introduction of full blade tests. On 
the other hand, cutting components out of a blade is 
a lot harder to define. Components to be taken out of 
a blade are shown in Figure 6. 

6.2 Technical problems associated with 
component testing 

However, the hardest technical problem for these 
component tests is assuring realistic boundary 
conditions while at the same time taking care that 
the specimens fail at the testing area, rather than 
near the load introduction or supports. For instance 
for the trailing edge test, shown in Figure 7, the 
blade component would experience an axial load, 
with a bending moment, so an eccentric loading 
condition. Worse, the trailing edge is supported at 
the longitudinal edges of the test specimen by the 
adjacent blade parts, a condition that is omitted in 
the setup shown. When it can be expected that 
leaving out this support is generally conservative, it 
would be acceptable, but it cannot be proven without 
careful numerical modeling that the effect would not 
be detrimental, for instance due to the “breathing” 
effects of the blade under bending, leading to a 
situation which would pry open the trailing edge and 
which could be detrimental. On the other hand, all 
too conservative results would not benefit the 
manufacturer, since the results would not lead to 
more economical blade designs. The efficiency of 
the full blade test in terms of load introduction and 
material tested is hard to top. 

6.3 Acceptance problems associated with 
component testing 

The non-technical issues are just as major: without 
standards, the certification bodies may not accept the 
test results in lieu of a complete blade test, whereas 
the lack of standards and comparison materials 
limits the use for blade development. Within the IEC 
committees, some doubt remains to include tests for 
which no standard exists – a chicken-and-egg 
problem.  
A major international cooperation between research 
centers, certification bodies, manufacturers and 
material suppliers is necessary to develop 
internationally accepted standards. Meanwhile, the 
parallel development of substandard tests like the 
root tests and Henkel beams shows that there 
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certainly is  a major interest in the development of 
component testing. 
This way, a catalog of standardized subcomponent 
tests can be developed and accepted by the 
certification bodies. The manufacturer has become 
the option of not just testing materials before 
manufacturing a whole blade and having that tested, 
but can prove to the certification body that the 
various structures fulfill their intended purpose, so 
the development of new rotor blade concept can be 
speeded up considerably and flexibility of small 
changes can be increased . 
  

  Fig. 1. Static blade test, about 5 m tip displacement 

 
Fig. 2. Dynamic bi-axial blade test 

 

 
Fig.3. A typical root connection test. 

 

 
Fig.4. “Henkel beam” used for testing bonding paste. 
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Fig. 5. Testing hierarchy according to IEC 61400-5 [3] 

  
Fig. 6. Blade Components 
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Fig. 7. Leading edge test 
 
Table 1, a 40 m blade test 

Blade length 40 m 
 

40 m  
0-20 

40 m 
20-40m

Weight [ton] 5.8 4.4 1.4 

Flap 1. freq [Hz] 0.9 3.4 1.4 

Lead-lag 1. freq [Hz] 1.6 5.2 3.2 

Time [months] 6.0 5.2 5.0 

Test costs [k€] 340 280 2901

Blade costs  [k€] 150  1502

Total [k€] 490  720 

 
Table 2, an 80 m blade test 

Blade length 80 m 80 m 
0-40 

80 m 
40-80m

Weight [ton] 33.0 25.0 8.0 

Flat 1. freq [Hz] 0.5 1.9 0.8 

Lead-lag 1. freq [Hz] 0.8 2.6 1.6 

Time [months] 13.0 7.6 9.3 

Test costs [k€] 1050 610 7201

Blade costs [k€] 800  8002

Total [k€] 1850  2130 

1 Excl. additional costs for clamping outer blade half 
2 For two blades used, in order to be able to test the 
overlapping part, these costs double  
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Abstract: 

This paper addresses the characterisation of the 

effect of temperature on the fracture toughness and 

the fatigue delamination growth rate for a carbon 

fibre-reinforced and thermoplastic-toughened epoxy, 

namely IM7/8552. All tests have been performed 

using asymmetric cut-ply specimens subjected to 

four-point bending at temperatures ranging from          

-50°C to 80°C. We show that the mixed-mode 

fracture toughness is increased at 80°C with respect 

to the other test conditions. Moreover, raising the 

temperature delays the fatigue delamination growth 

at relatively high severities. On the other hand, at 

low severities, i.e. in the near threshold regime, 

increasing temperatures accelerate the delamination 

growth.   

1. Introduction 

Fibre-reinforced composites offer a lightweight 

solution for primary structures due to their excellent 

in-plane mechanical properties. However fibre-

reinforced composites are prone to accumulate 

interlaminar damage in the form of progressive 

delamination. Interlaminar stress risers, such as ply 

drop-off and free-edges, are intrinsic features of 

composite structures. Their impact on the material 

performance can be limited by a careful damage 

tolerance design, albeit not completely suppressed 

[1]. Delaminations are usually initiated at locations 

where significant interlaminar stresses are attained 

and they tend to grow under fatigue loading. 

Therefore, robust physical models that capture both 

the initiation and propagation of delaminations are 

needed for the damage tolerant design of composite 

structures. These models should include the effects 

of environmental conditions on the durability of 

fibre-reinforced composites.  

Fatigue delamination propagation in fibre-reinforced 

composites is usually described via a power law 

relating the delamination growth rate (DGR) to the 

energy release rate (ERR) attained at the 

interlaminar crack tip. This power law is commonly 

denoted as “Paris equation”. However, due to the 

visco-elastic nature of the matrix, the temperature 

affects the characteristic pre-factor and the exponent 

that appear in the Paris law. The effect of 

temperature is significant also below the matrix 

glass transition temperature. Similar considerations 

hold true for the effect of moisture. Albeit the effects 

of temperature and moisture on the fatigue 

delamination growth in composites have been 

documented in the literature [2-12], there is still no 

general consensus about their trends and magnitude. 

This issue is exacerbated by the fact that the 

formulation of material systems is being constantly 

upgraded in order to improve the interlaminar 

fracture toughness. However, the main driver of 

such developments is the room temperature 

performance. This does not necessarily translate into 

better fatigue damage tolerance, especially when 

environmental effects are taken into account.  

In this paper, we characterise the static toughness 

and fatigue delamination growth of a “second 

generation” fibre-reinforced toughened epoxy, 

namely IM7/8552. We consider a temperature range 

from -50°C to 80°C. Asymmetric cut-ply specimens 

(ACP) [15] subjected to four point bending are 

employed. The specimens consist of unidirectional 

(UD) laminates having constant thickness, with 

some of the plies cut in the middle of the gauge 

section, as described by Lander et al. [15]. Two 

symmetric delaminations are emanated from the cut 

and they propagate along the interface that 

corresponds to the depth of the cut. For the ACP 

THE EFFECT OF TEMPERATURE ON THE MIXED-MODE 
INTERLAMINAR TOUGHNESS AND FATIGUE 

DELAMINATION GROWTH OF FRPs 

G. Charalambous
*
, G. Allegri 

 Advance Composite Centre for Innovation and Science, Department of Aerospace Engineering, 

University of Bristol, Bristol, UK 

* Corresponding author (Georgia.Charalambous@bristol.ac.uk) 

Keywords: Mixed-Mode Fracture, Fatigue, Delamination, Temperature, Fibre Reinforced 

Plastics 

ICCM19 4866

mailto:Georgia.Charalambous@bristol.ac.uk


 

2 

 

THE EFFECT OF TEMPERATURE ON THE MIXED MODE INTERLAMINAR TOUGHNESS 
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tests, the mode mixity at the delamination crack 

front remains constant during crack propagation and 

can be adjusted by altering the ratio of the number of 

cut plies to the total number of plies.  

We demonstrate that the static interlaminar fracture 

toughness increases at the highest temperature 

considered in our tests. However, we also show that 

an increase in temperature accelerates the 

delamination growth at low severities, i.e. in the near 

threshold regime. Scanning Electron Microscopy 

(SEM) fractography is employed to characterize the 

effect of temperature on the delamination surfaces, 

both in static and fatigue conditions. 

2. Analytical Methodology 

2.1 Asymmetric Cut Ply Specimens (ACP) 

A sketch of the ACP configuration is presented in 

fig. 1. The specimen comprises a mid-section cut, 

which extends from the top surface to a prescribed 

depth t1. By definition χ is the ratio of the cut depth 

to the overall specimen thickness t = t1 + t2. For plies 

having constant thickness, χ is simply the ratio of the 

number of cut plies to the total number of plies.  The 

ACP test does not require any compliance 

calibration in order to measure the delamination 

length. This represent a major advantage with 

respect to other methods of mixed-mode fatigue 

testing, such as the “mixed-mode bending” MMB 

coupon configuration [13-14]. 

In order to promote delamination, a PTFE film 

having a total length 2a is inserted symmetrically 

beneath the cut. In this paper, it is considered that 

the ply thickness is constant with a ratio of cut to 

continuous plies of 0.5, which corresponds to a 

mode-mixity of 0.43. 

2.2 Energy Release Rate (ERR) Determination  

The delamination-tip ERR in ACP specimens is 

independent from the crack length. Following the 

procedure outlined in ref. [15], the mode I GI and 

mode II GII ERR for the ACP specimen are given 

by: 

   
   

     
 

         
 (1) 

 

 

Where E is the material longitudinal Young’s 

modulus, M is the applied bending moment and ψ is 

given by: 

  
  

      
 (3) 

 

In order to correct for the actual initial delamination 

length associated to each individual sample, a 

calibration coefficient K* is introduced. This is the 

ratio of the peak applied bending moment during 

testing, over the theoretical bending moment (M0) 

for the assumed initial delamination length               

α0 = 10mm. 
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The total ERR (G) is given by adding eqs. (1) and 

(2) and it has the following expression: 
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  ] 

(6) 

 

The mode-mixity is given by 

  
   

 
 

       

                   
 (7) 

 

From eqs. (1)-(7) one can immediately observe that, 

given a constant applied bending moment M, the 

ERR in ACP specimens is independent from the 

crack length and so is the mode-mixity. Actually, the 

latter depends only on the thickness ratio χ, as it has 

been mentioned above. If χ is small, then φ→1, i.e. a 

pure mode II regime is approached. On the other 

hand, for χ→1 one finds φ→0, so the delamination 

tends to grow in mode I dominated conditions. 

    
   

     
[

 

         
  ] (2) 
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Clearly, there are practical limitations on the range 

of χ, because cutting a large number of plies would 

make the specimen extremely compliant. Similarly, 

in order to approximate mode II it is necessary to 

make the specimen relatively thick, which 

invalidates the assumption of zero through thickness 

shear strains on which the ERR and mode-mixity 

expressions are based [15].  

2.3 Large rotation correction 

Since the ACP specimen is relatively thin and 

subjected to four-point bending, large rotations can 

occur at the end tabs. This implies that the relation 

between the bending moment M acting at the 

delamination tip and the applied force needs to 

account for such large rotations.  

As demonstrated in fig. 2, due to the rotation angle β 

the actual force applied by the roller onto the 

specimen is given by: 

  
 

     
 (8) 

 

Where P is the peak applied load. On the other hand, 

the arm between the applied force on the loading 

roller and the reaction force on the static roller is 

given by: 

  
  

    
            (9) 

 

Where D is the roller diameter and tT is the thickness 

of the tabbed region.  

2.4 Bending moment correction and coefficient of 

friction 

The actual bending moment per unit width applied 

during the test is a function of the specimen rotation 

between the rollers. Grooved rollers were employed 

in order to avoid the specimen slipping in the jig 

during the fatigue tests. However, in the static tests it 

was observed that the grooved rollers produced an 

increase of the bending moment to failure with 

respect to the cases where smooth supports were 

employed. 

This was due to the friction of the roller. This effect 

was included in the bending moment calculations, 

and the associated formula was corrected as follows:  

  
 

      
[     ]

 
(10) 

 

Where   
is the roller coefficient of friction. This can 

be determined comparing the slopes of the bending 

moment curves prior to failure for the smooth and 

grooved supports. Substituting μ from eq. (9) into 

eq. (10), the corrected bending moment is given by: 

  
 

      
{

  

    
          

     }
 

(11) 

 

Where W is the averaged specimen width.  

Assuming the bending and shear deformations in the 

tabbed area of the specimen are negligible; it is 

possible to estimate the specimen rotation by means 

of the cross-head displacement c only. This leads to 

the following equation: 

      
                 

             
 (12) 

 

This has to be solved iteratively. Substituting the 

solution of eq. (12) into eq. (11) for a given load cell 

force  and cross-head displacement c, yields the 

corrected applied bending moment M. 

2.5 Estimation of delamination length and growth 

rates 

Considering that fatigue delamination growth tests 

are carried out in a displacement controlled regime, 

it is possible to derive the delamination growth rates 

directly from the cross-head displacement and load-

cell force readings, provided that the loading jig is 

sufficiently stiff under fatigue and the compliance of 

the machine is negligible.  

P
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Let a sinusoidal load be applied to the specimen. 

The deformed shape of the specimen under loading 

is described by the following equations:  

  ̂

  
  

{
 
 

 
  ̂ 

        
        

 ̂ 

  
                       

 
 

(13) 

 

Where, as shown in fig. 3,  ̂    is the rotation of the 

beam section and s is a curvilinear abscissa defined 

along the deformed beam axis, a is the delamination 

length,  ̂ is the peak applied bending moment and 

I=1/12Wt
3
 is the cross-sectional second moment of 

area. Let θ
*
 be the specimen rotation at the 

delamination tip position s=a corresponding to the 

peak bending moment. Note that the rotation at the 

mid-plane, i.e. for s=0 is zero, while the rotation at 

the loading roller, i.e. s=L, is  ̂ given by eq. (12) 

solved for the peak cross-head displacement  ̂ 

during the fatigue cycle.  

In principle, any point during the fatigue cycle could 

be considered for the crack length measurement, but 

at the peak bending moment the force applied by the 

machine is maximum and so the load-cell 

measurement is less prone to linearity errors. It 

should also be observed that there will always be a 

delay between the time at which the peak force is 

applied and that for maximum displacement. This is 

due to the inherent damping in the specimen, so care 

must be taken in recording the correct peak force 

and displacement values.  

Integrating eq. (13) one gets: 

   
 ̂ 

        

 ̂     
 ̂ 

  
      

 (14) 

 

Combining eqs. (14) and solving with respect to the 

crack length yields: 

       [
 ̂  

 ̂ 
  ] 

     
      

        
 

 

(15) 

 

Since all tests run in a displacement control regime, 

i.e. for a constant peak cross head displacement   ̂), 

 ̂ is constant in eqs. (14-15) by virtue of eq. (12).  

Thus for the crack growth rate measured in a 

displacement controlled test one has:  

  

  
      

 ̂  

  ̂ 

  ̂

  
 (16) 

 

Note that in eq. (16) the peak bending moment 

decreases with the number of load cycles, since the 

crack length increases and so does the specimen 

compliance. This proves that using ACP specimens 

it is possible to measure the FDGR during a fatigue 

test by means of the load-cell readings and the cross-

head displacements alone.  

3 Experimental Testing 

3.1 Specimen manufacturing 

Unidirectional ACP specimens were manufactured 

using Hexcel® IM7/8552 carbon fibre-reinforced 

epoxy. The specimens comprised ten plies, out of 

which five were cut, giving
 

χ=1/2. The nominal 

cured ply thickness for IM7/8552 is 0.127 mm, 

giving a total specimen nominal thickness of 1.27 

mm. The actual thickness measured on the coupons 

was within 2% the nominal value. Unidirectional 

IM7/8552 has a Young’s modulus E = 161 GPa. 

The total specimen length was 190 mm, with a 

gauge section of 2L = 90 mm and a width W = 15 

mm. The tabbed areas extended for 50 mm at both 

ends of the gauge section. The tabs were 

manufactured using E-Glass/Epoxy 950 pre-preg 

material arranged in a cross-ply stacking. The 

manufacturing process of the samples consisted of 

the lay-up and vacuum consolidation of two initially 

individual ply-stacks made of 5 plies each. One of 

the two stacks had been cut in half.  A 20mm long, 
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12.7µm thick and 15mm wide Teflon® PTFE film 

was embedded at the centre of the first ply-stack and 

subsequently covered with the second ply-stack. 

Thus the film inserts simulates the presence of an 

initial delamination 2a = 20mm long. The two 

halves of the cut stack were tightly pushed together 

along the cut line, so no central gap is formed. The 

full laminate was de-bulked in vacuum at room 

temperature for 20 minutes and then cured in the 

autoclave.  The tabs were then bonded to the 

specimens using the Redux® 810 bi-component 

epoxy adhesive. The total thickness of the specimen 

in the tabbed areas was 6.4 mm.  

After curing, it was observed that a vertical resin 

bridge had formed at the cut location, joining the 

two laminate halves and preventing the delamination 

from opening. The resin join was fractured applying 

a low level of tension to the specimen, taking care 

that, in the meanwhile, no delamination propagation 

occurred. The specimens were kept in desiccator 

cabinet before testing.  

In the literature it is reported that artificial 

delaminations created by the insertion of thin films 

may affect the measured value of the fracture 

toughness. O’Brien [17] considered ENF specimens 

with PTFE film inserts having the same thickness 

with the ones considered here. He carried out static 

fracture tests both by growing the delamination 

directly from the insert and pre-cracking the coupons 

by applying fatigue cycles before the static tests. He 

reported that the mode II fracture toughness of 

IM7/8552 was 50% higher for non-pre-cracked 

(NPC) ENF coupons compared with pre-cracked 

(PC) ENF specimens. Thus growing delamination 

directly from the film insert may lead to an 

overestimation of the actual material fracture 

toughness. Such effect is likely due to the fact that 

the delamination tip for NPC specimens is blunted 

by the presence of the insert, thus increasing the 

measured fracture toughness of the material with 

respect to PC coupons, for which the crack front is 

sharp.  

In order to take into account the possible 

enhancement of the mixed-mode fracture toughness 

due to the presence of the thin films, NPC and PC 

specimens are also considered here for the room 

temperature tests.  The pre-cracking was carried out 

by symmetrically clamping the specimen with metal 

blocks at a set distance of 20mm from the central 

cut. A force was applied at the cut location on the 

face opposite to the cut itself until the delamination 

had symmetrically grown to the inner edges of the 

clamping blocks. The procedure was repeated until 

both sides of the specimen propagated the same 

amount. C-scans were performed after the pre-

cracking in order to check that the position of the 

delamination front was uniform across the specimen 

width. A sample of the C-scans is presented in fig. 4.  

3.2 Experimental Procedure  

The four-point bending tests were carried out using a 

jig with roller distance dx = 25mm. The loading jig is 

shown in fig. 5. It comprises a long push rod in order 

to be used within an environmental chamber for 

testing at variable temperature. For the low 

temperature testing at -50°C, the environmental 

chamber was filled with CO2 gas supplied by a 

liquid CO2 vessel. In order to avoid any slippage of 

the specimens at low temperature, anti-icing liquid 

was used to ensure that no ice was formed between 

the loading rollers and the coupons. The temperature 

in the chamber and specimen was controlled 

throughout the testing. The correct positioning of the 

sample within the test rig is of crucial importance for 

the test accuracy. Therefore an alignment tool was 

manufactured to ensure that the cut position was 

exactly in between the loading rollers. The static 

fracture toughness was determined for NPC and PC 

coupons at room temperature, i.e. 20C, -50°C, 50C 

and 80C. At least three specimens were tested in 

each case.  

The fatigue tests were run in displacement control, 

starting from a displacement corresponding to 70% 

of the static strength, with a constant stress ratio R = 

0.1. Again four temperatures were considered, 

namely -50C, 20C, 50C and 80C. Each test was 

performed using a sinusoidal displacement input 

with a frequency of 5 Hz and for a total 10
6
 cycles. 

4. Results and discussion 

4.1 Static Tests 

The static tests for the characterisation of the 

fracture toughness were carried out in displacement 

control mode. A selection of bending moment versus 

cross-head displacement curves recorded during the 

tests are presented in fig. 6-8 for the NPC cases, 
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while a summary of the fracture toughness values 

obtained is given in table. 1. The bending moment 

was calculated from the individual load-

displacement curves using the large rotation 

correction presented in sec. 2.3.  

From the NPC tests carried out at 20C and 

presented in fig. 6, one can observe that the applied 

bending moment increases almost linearly until an 

average peak bending moment value of 45 N is 

reached at an average displacement of 5.8 mm. This 

marks the onset of static delamination growth. Note 

that the bending moment is here given per unit 

width. Further increasing the displacement beyond 

the delamination onset threshold leads to a bending 

moment plateau, corresponding to an observed 

stable symmetric delamination growth with respect 

to the central cut. Crack propagation is found to be 

stable up to an average crosshead displacement of 

10mm.  

Inserting the experimental value of the bending 

moment for delamination propagation into eq. (6) 

allows calculating the material mixed-mode fracture 

toughness. The load-displacement curves for the 

tests carried out on PC specimens at room 

temperature followed exactly the same trend 

observed for the NPC specimens and the associated 

bending moment for delamination growth show no 

statistically significant difference from that obtained 

for the NPC coupons. Thus only the NPC values are 

reported in table. 1. The pre-cracking does not have 

a significant effect on the measured toughness 

values at any temperature.   

Increasing the temperature has a notable impact on 

the way delamination propagate under static loading. 

Due to the use of grooved rollers, “stick-slip” 

behaviour was observed even at room temperature 

conditions.  In the “stick-slip” regime, reloading 

phases followed sudden increments of delamination 

length. In some cases, the recorded load appeared to 

increase steadily after the initiation point, giving a 

local peak value well after initiation. It was observed 

that the extent of the symmetric propagation plateau 

region at 50C was slightly smaller than at 20C. 

The region where the bending moment appears to 

drop is that of asymmetric delamination growth, 

where the formulas given in eqs. (1, 2, 6) and (10, 

11) are not applicable any more. As the temperature 

increases further, the “stick slip” behaviour for the 

specimens tested with grooved rollers becomes 

stronger as can be seen in fig. 6-7. 

Interestingly, strong “stick-slip” behaviour was 

observed also at -50°C as can be seen in fig. 8. 

For the calculation of the ERR according to             

eqs. (1, 2, 6) and (10, 11) symmetric delamination 

growth is required. Therefore the ERR calculation 

was carried out considering only the portions of the 

load-displacement curves where equal interlaminar 

crack lengths with respect to the central cut were 

actually observed.  

A summary of the toughness values calculated from 

the tests is presented in table. 1. For temperatures 

ranging from -50C to 50C, no significant variation 

of the fracture toughness was observed. However, at 

80°C the fracture toughness was found to be 

approximately 39% higher in comparison to the one 

measured at room temperature.   

4.2 Fatigue Tests 

During the fatigue tests, the crosshead displacements 

and load cell force were recorded every five cycles. 

Eq. (16) allows computing the delamination growth 

rate directly from such data. The delamination 

growth observed during the tests was generally 

stable, with the noteworthy exception of the first few 

hundred cycles. In these cases the crack initially 

propagated very fast, i.e. at about 10
-2

 mm/cycle, 

exhibiting asymmetric length increments with 

respect to the central cut. This “stick-slip” 

propagation mechanism at relatively large applied 

loading was analogous to that observed during the 

static tests, albeit less severe. When the delamination 

reached a length of approximately 15 mm with 

respect to central cut, the further growth occurred 

symmetrically with respect to the central cut and the 

“stick-slip” behaviour disappeared.  

The data reduction technique described in the ASTM 

E647 standard [18] was adapted to estimate the 

delamination growth rates from the experimental 

bending moment data. This is based on a multi-point 

quadratic interpolation method. 

A summary of the results of the fatigue tests is 

presented in fig. 9. Here the FDGR are plotted 

against the peak ERR ( ̂)applied during the test 

normalised with respect to the fracture toughness at 
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the corresponding temperature. From fig. 9 one can 

observe that the fatigue delamination growth tends 

to increase with temperature, especially for the 

lower severities, i.e. in the near threshold regime. 

This effect is extremely important from an 

engineering design point of view, since the near 

threshold regime is that usually considered for the 

damage tolerance design of composite structural 

elements. Fig. 9 proves that an increase in static 

fracture toughness does not necessarily correspond 

to a better performance in fatigue.  

5. SEM Fractography 

The fractographic analysis of coupons reveals no 

major morphological differences between static and 

fatigue grown delaminations. In general the 

specimens tested statically have rougher surfaces 

compared to those tested in fatigue. Some minor 

differences include, for the fatigue case, reduced 

bridging and the appearance of small matrix 

“rollers”, which are aligned almost perpendicularly 

to the fibre direction. At room temperature, the SEM 

images for static and fatigue samples show a small 

amount of fibre bridging apparent from the broken 

fibres (fig. 10 a), with partly developed shear cusps 

in the intra-fibre spacing. At higher magnifications, 

small resin granules dispersed in the fracture surface 

can be observed. The surfaces exposed at higher 

temperatures display a similar morphology, albeit 

slightly rougher and with more developed shear 

cusps. In the fatigue samples, one can also observe 

more surface debris. Nonetheless, bridging fibres 

and bare fibres appear in larger number at both low 

and high temperatures with respect to the room 

temperature case. This may be to the mismatch of 

thermal expansion coefficients between the fibres 

and the matrix. 

6 Conclusions 

The mixed-mode fracture toughness of IM7/8552 

has been characterized using ACP specimens. In this 

study four testing temperatures have been 

considered, namely -50C, 20C, 50C and 80C. 

An increase of the fracture toughness was observed 

at 80C with respect to the room temperature case. 

No significant variation of fracture toughness was 

highlighted between -50C and 50C. The increase 

in fracture toughness at elevated temperatures is 

accompanied by more pronounced “stick-slip” 

behaviour during delamination growth. No 

statistically significant differences in fracture 

toughness were observed when growing the 

delamination directly from the insert film with 

respect to pre-cracking the specimens.  

The toughness enhancement with temperature does 

not correspond to smaller fatigue DGR for the same 

normalised ERR. Actually, an increase in 

temperature accelerates delamination growth, 

especially in the near threshold regime. This effect 

may have important consequences for the design of 

aerospace structures, since these are sized and 

certified according to a “no growth” criterion for 

delaminations.  

 

Fig. 1: Schematic diagram of the ACP specimens, under 

four point bending. 

 

Fig. 2: Specimen rotations and associated forces at the 

rollers.  

 

P
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Fig. 3: Specimen deformed configuration. 

 

Fig. 4: C-scans of pre-cracked specimens. 

 

 

Fig. 5: 4-point loading jig employed for the static and 

fatigue tests 

 

 

 

Fig. 6: Bending moment vs. displacement curve for NPC 

specimens at 20°C using grooved rollers.  

 

 

Fig. 7: Bending moment vs. displacement curve for NPC 

specimen at 80°C using grooved rollers.  

 

 

Fig. 8: Bending moment vs. displacement curve for NPC 

specimen at -50°C using grooved rollers. 
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Fig. 9: DGD versus normalised ERR curves at various temperature conditions. The shift of the data in regards to the 

reference room temperature is illustrated for each graph along with the best-fit modified Paris Law equation that accounts 

the effect of temperature, presented with a dashed line. The chart at bottom left hand corner shows a comparison of the 

DGR data gathered at room temperature using ACP specimens with data from a more conventional MMB test [19].  

 

               

Fig. 10: Micrograph of a specimen exposed to fatigue loading at: a) room temperature and b) 80°C (800x magnification). 

 

 

a) b) 

20μm 20μm 
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Table 1: Experimental mixed-mode fracture toughness for IM7/8552; ϕ=0.43 

 -50
o
C 20

o
C 50

o
C 80

o
C 

Gc (kJ/m
2
) 

Grooved* 

0.30 (3)
(a)

 

(0.04)
(b)

 

0.28 (3)
(a)

 

(0.02)
(b)

 

0.29 (3)
(a)

 

(0.03)
(b)

 

0.39 (3)
(a)

 

(0.03)
(b)

 

 (a) Number of specimens tested 

(b) Standard deviation of the fracture toughness 

*Refers to roller configuration 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

The interest for woven composites keeps increasing 
in the aeronautic industry. Compared to classic 
unidirectional laminates, these materials present 
several substantial advantages: they can be used to 
design complex-shaped structures at low 
manufacturing costs, they have better damage 
tolerance properties and a higher out-of-plane stress 
resistance. 

However, an accurate modeling of their damage 
mechanisms is much more complex, since they 
occur at several scales [1]: fiber cracking (micro-
scale), intra-yarn cracking (meso-scale), matrix 
cracking, matrix/yarn and yarn/yarn debonding 
(macro-scale). A promising approach could be to 
develop a multi-scale model, based on the discrete 
insertion of cracks into the mesoscopic intact mesh 
of a composite cell [2]. 

Experimental data is obviously needed, in order to 
improve and validate such a model, and rises 
multiple expectations, in terms of: 

• damage detection and identification; 
• damage severity estimation; 
• damage effects quantification on mechanical 

properties. 

It seems that a relevant in situ multi-instrumentation 
of mechanical tests could bring valuable data. In this 
context, an experimental campaign was carried out 
in Onera, for a 2D glass-fiber epoxy woven 
composite, manufactured with an RTM (Resin 
Transfer Moulding) process [3]. The chosen epoxy 
resin was the RTM-6, from Hexcel®. 

The aim of the present paper is to highlight the 
contribution of two non-destructive techniques, 
passive infrared thermography and guided waves 
monitoring, that were used during these mechanical 
tests. 

Once the experimental setup is detailed (Section 2), 
results from thermal monitoring (Section 3) and 
ultrasonics monitoring (Section 4) are discussed. In 
both cases, the link with mechanical data is initiated, 
and comparisons are made with other independent 
experimental monitoring techniques, such as digital 
image correlation, acoustic emission and/or 
micrographic observations.  

2 Multi-instrumentation for the mechanical tests 

The tested samples are 185 mm long, 25 mm wide, 
and constituted of four plies of 2D glass-fiber epoxy 
woven composite, so that their total thickness is 
1.6 mm (Fig. 1). Once in the machine grips, the 
observable field is a 100×25 mm2 rectangular zone. 

warp
weft

1.6 mm

250 mm

120 mm

25 mm

185 mm

warp
weft

1.6 mm

250 mm

120 mm

25 mm

185 mm

 

Fig.1. Initial composite plate and tested samples 
(left); micrographic observation of an edge (right). 

The performed tests are tensile tests, monotonic or 
with pauses at constant loads, all carried out on a 
150 kN Zwick mechanical machine with a  
0.5 mm/mn displacement speed, and monitored by 
several independent techniques (Fig. 2). 

The monotonic loading phases can be monitored by 
passive thermography, digital image correlation and 
acoustic emission or guided waves. These two latter 
techniques were not used at the same time, for 
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compatibility issues. As for the steps at constant 
loads, inspections by active thermography can be 
carried out, as long as characterization by guided 
waves; moreover, a polished free edge of the tested 
sample can be observed with the optical microscope 
(Fig. 3). 

infrared camera digital image correlation system

Lamb waves 
piezoelectric discs

acoustic emission 
sensor

optical microscope

infrared camera digital image correlation system

Lamb waves 
piezoelectric discs

acoustic emission 
sensor

optical microscope

 

Fig.2. Global experimental setup (up); zoom on the 
sample (bottom). 

 

Fig.3. Monitoring of a step-loading tensile test, 
during loading phases (up) and while the test is 

stopped at constant load (bottom). 

The thermal monitoring is ensured by a CEDIP Jade 
III long-wave infrared camera, covering a spectral 
range from 7.7 to 9.3 µm, with a 320×240 px space 
resolution and a 20 mK NETD (Noise Equivalent 
Temperature Difference). When the test is paused, 
two Elinchrom flash lamps, which generate a 12 kJ 
thermal pulse in 4 ms, can be used for inspections by 
pulse thermography. 

As illustrated by Figure 2, the face of the sample at 
which the infrared camera points is blacken with a 
peelable painting. 

The opposite face of the sample, covered with a 
black and white Speckle pattern, is observed by a 
digital image correlation system, constituted of two 
4 Mpx resolution CCD cameras. 

The ultrasonics monitoring, which is based on the 
measurement of time-of-flights of a guided wave, 
for a given Lamb mode, requires the use of two 
circular piezoelectric discs (of a 10 mm diameter): 
the first one is used as an emitter; the second one as 
a receiver. 

An acoustic emission sensor (Pac Nano 30) is also 
fixed at the bottom of the sample, with a 20 dB 
detection threshold. 

The micrographic images of the edge of the sample 
are obtained with a 1.4 Mpx resolution CCD camera, 
coupled to an Olympus optical microscope, through 
a ×5 objective. 

3 In situ thermal monitoring  

Passive thermography is used during all loading 
phases. The followed approach is twofold: 

• monitoring of the mean temperature of the 
sample, averaged over the observation zone; 

• imaging and identifying the damage; 
• assessment of the local released heat 

associated with every damage. 

A 200 Hz frequency is used for the acquisition, in 
order to avoid the risk to miss any major thermal 
discontinuity which should match with a damage. 

In this section, a step-loading tensile test, constituted 
of four loadings (0 → 40 MPa; 40 → 50 MPa; 50 → 
60 MPa; 60 → 80 MPa), is studied (Fig. 4). The 
results, obtained by the thermal passive monitoring, 
are detailed for the third tensile loading. 
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Fig.4. Sequence of loadings. 

3.1 Mean temperature monitoring  

The mean sample temperature is initialized to zero at 
the beginning of each loading, so that the actual 
studied quantity is the global temperature gradient 
∆Tmean generated by the mechanical testing. 
Assuming that the mean thermal properties of the 
material remain uniform and constant, the 
temperature is expected to vary inversely 
proportionally to the stress along the direction y of 
the loading (as long as the stress variations in the 
two other directions can be negligible): 

 
(1) 

with αth the thermal expansion coefficient, T0 the 
initial mean temperature before the test starts, ρ the 
density of the material, and cp its specific heat. ∆σy 
is the stress variation in the loading direction, which 
is, for these tests, the wrap direction. 

Therefore, during a tensile loading, as long as the 
tested sample remains undamaged, ∆Tmean should 
decrease linearly. When damage mechanisms are 
engaged, this thermoelastic behavior should no 
longer be seen and be replaced by several thermal 
discontinuities, each one of them being the 
consequences of cracks inside the sample. 

Figure 5 confirms this prediction for the tensile 
loading between 50 MPa and 60 MPa. The first 
damage event appears quickly (for ∆σy ≈ 2 MPa), 
which can be explained by the fact that the sample 
was previously damaged in the first two loadings. 
However, after this isolated event, a linear decrease 
is indeed checked, until ∆σy ≈ 6 MPa, when several 
thermal discontinuities are detected. These events 
testify of the presence of macro or meso-scale 
damage, such as matrix or yarn cracking. 

0 1 2 3 4 5 6 7 8 9 10 11 12
0

2

4

6

8

10

0 1 2 3 4 5 6 7 8 9 10 11 12
-20

-15

-10

-5

0

5

∆σ
y

, 
M

P
a

∆T
m

e
a

n
, 

m
K

t, s

linear evolution 

major thermal discontinuity

tensile loading

50 MPa → 60 MPa

0 1 2 3 4 5 6 7 8 9 10 11 12
0

2

4

6

8

10

0 1 2 3 4 5 6 7 8 9 10 11 12
-20

-15

-10

-5

0

5

∆σ
y

, 
M

P
a

∆T
m

e
a

n
, 

m
K

t, s

linear evolution 

major thermal discontinuity

linear evolution 

major thermal discontinuity

tensile loading

50 MPa → 60 MPa

 

Fig.5. Time evolutions of the mean stress (up) and 
temperature (bottom) during a tensile loading. 

3.2 Imaging and identifying the damage  

Once the time detection of the thermal events is 
done, the associated local temperature variations can 
be studied. In order to highlight the damage effect 
on the local temperature field and to improve its 
space location (in the {x, y} plane), the difference 
with the image right before is observed. The damage 
is then isolated and the contrast of the thermal image 
is much better (Fig. 6). This operation is based on 
the assumption that the surface signature of the 
damage event is an instantaneous phenomenon, 
which seems sensible given the high acquisition 
frequency that was chosen. 

The appearance of damage generates local 
temperature increases of a few hundreds mK, which 
is in good agreement with the mean temperature 
variation monitored in Figure 5. In the present case, 
for this particular tensile loading, the maximal 
relative temperature amplitude induced by damage 
does not exceed half a degree. It is also observed for 
the other loadings, except for the final rupture for 
which a greater local temperature rise is recorded. 

The imaging of the damaged zones is quite time-
consuming, since it requires to select the pertinent 
observation times. In order to simplify and speed up 
this process, an automatic procedure was set. Based 
on the principle of the TSR (Thermographic Signal 
Reconstruction) data processing technique [4], 
which is commonly used for non-destructive 
inspection, the time-evolution of the temperature of 
each pixel is fitted by a logarithmic polynomial of 
degree 7. Then the image of the highest-order 

ICCM19 4879



coefficient image is studied. This technique leads to 
spectacular results when applied to flash 
thermography experiments, since the time-evolution 
of the temperature is expected to have a -1/2 slope in 
a log/log scale [5]. Applied to damage monitoring, it 
also provides a very satisfactory, rapid overview of 
the areas that are damaged during the tensile loading 
(Fig. 7). Indeed, even though the quality of the 
regression is poor, the difference between 
undamaged and damaged pixels can still be made. 
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Fig.6. Local temperature increases and thermal 

differential images for three damage events. 
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Fig.7. Polynomial regression image processing of 
the thermal images for each of the tensile loadings. 

The main advantage of this processing technique is 
that the resulting image is synthetic: all detected 

damages are visible on one unique image. On the 
other hand, two major drawbacks can be underlined: 
the information in time is lost, and the color 
difference from one damage to another does not 
have a physics explanation (these images do not 
show temperature fields anymore, but only 
variations of mathematics functions used for the 
regression). 

For all tensile loadings, the thermal fields associated 
with the damage events are quite identical: they 
show what seems to be matrix cracking or 
matrix/yarn debonding, which would have spread all 
along the width of the sample, in the direction 
orthogonal to the loading direction. In order to 
formally identify the nature of the damage, 
comparisons with microscopic observations on the 
polished free edge of the sample, recorded during 
the 60 MPa load pause, are made (Fig. 8). 

 

Fig.8. Cracks detected both on microscopic images 
of the polished free edge of the sample (left) and on 

thermal images (right). 

Since the optical microscope scans the edge of the 
sample with a 2.4 mm vertical displacement between 
every image, which ensures an overlap of 100 px, it 
is possible to rebuild the image of the whole edge, 

ICCM19 4880



 

5  

THERMAL AND ULTRASONICS DAMAGE MONITORING AND 
CHARACTERIZATION IN WOVEN COMPOSITES

and then to select one particular image for a given y-
position, so that one thermal event can be precisely 
linked to a microscopic image. Figure 8 illustrates 
the results for the three previously studied damage 
events (Fig. 6): matrix cracking is indeed identified. 

The analysis of these microscopic images gives 
another meaningful piece of information: the cracks 
are oriented almost exclusively along the material 
thickness, which makes them almost impossible to 
detect by classic non-destructive techniques, such as 
flash thermography (Fig. 9). Indeed, the rupture of 
thermal properties, which is usually detected when 
delaminations occur in a composite laminate, is 
much lighter. In a previous study, it was however 
shown that advanced operations on the image 
resulting from the difference between two 
consecutive steps could eventually lead to a 
detection of some (not all) of the cracks [6]. Further 
investigation is still under progress in Onera, a 
significant research effort being currently led in the 
potential of the vibrothermography technique to 
detect such cracks. 

50 MPa step

(pulse thermography)

60 MPa step

(pulse thermography)

50 → 60 MPa loading

(passive thermography)

50 MPa step

(pulse thermography)

60 MPa step

(pulse thermography)

50 → 60 MPa loading

(passive thermography)  
Fig.9. Inspection of the sample by pulse 

thermography, at the 50 MPa and 60 MPa steps. 
Comparison with the synthetic image obtained after 

the intermediate loading. 

These microscopic images are also used to count the 
number of cracks that appear from one constant-load 
step to another, and to give their longitudinal 
positions. Ultimately, it leads to the cracking 
kinetics (Fig. 10), which is crucial data for the 
mechanical prediction models. In the present case, it 
appears, as it was seen on the thermal fields, that the 
sample damage starts from the very first tensile 
loading, and speeds up from the second loading. The 
number of cracks then seems to increase almost 
linearly. As for the longitudinal positions of the 
cracks, they are basically uniformly distributed 
along the sample edge. 
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Fig.10. Cracking kinetics for the sample, submitted 

to four consecutive tensile loadings. 

Finally, in order to confirm the in-plane location of 
the damage, a qualitative comparison is carried out 
between thermal images and the out-of-plane strain 
fields given by digital image correlation. Due to the 
low frequency initially chosen for the acquisition of 
the strain field images (1 image every 2 seconds), 
the comparisons are not easy to make: several cracks 
may be visible on only one strain field image. 
However, based on the y-positions of the cracks and 
on their spatial extents, a fine agreement is found 
between the instantaneous variations of the out-of-
plane strain ∆ε and of the temperature ∆T (Fig. 11). 
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Fig.11. Comparisons between strain fields acquired 
by digital image correlation on one face of the 

sample (up) and thermal fields acquired by passive 
thermography on the opposite face (bottom). 
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3.3 Heat assessment  

The final step of the thermal data processing is the 
quantitative assessment of the heat qdamage generated 
by the damage and detected in surface. Assuming 
that the thermal effusivity bz of the material remains 
constant along the thickness direction, this quantity 
is directly proportional to the local temperature 
gradient ∆Tdamage [7]:  

 (2) 

This quantity, for which instantaneous or cumulative 
values can be considered, appears to be a relevant 
damage parameter and a pertinent complement for 
the acoustic emission data. In the three following 
figures (Fig. 12 to 14), data are normalized by the 
highest value recorded during the tensile loading. 
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Fig.12. Normalized instantaneous heat and acoustic 

energy values. 
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Fig.13. Normalized cumulative heat and acoustic 

energy values. 

A closer look at Figure 12 enables to draw the 
following conclusions:  

• as expected, the number of acoustic peaks is 
much higher than the number of thermal 
peaks: all thermal events are detected by 
acoustic emission, but only the acoustic 
peaks of the highest energies are detected by 
passive thermography (an acoustic energy 
threshold above which the damage is seen 

on the thermal fields can be defined); this is 
in good agreement with the previous 
observations, which already validated the 
fact that only meso/macro-scale damage is 
detected by passive thermography; 

• except for three highly energetic acoustic 
peaks which are not associated with thermal 
signatures, which is explained by the fact the 
cracks occurred outside the observation 
window (inside the grips or under the 
acoustic emission piezoelectric sensor), it 
seems that when a damage generates an 
acoustic signal of high energy, it also 
releases a significant heat quantity; however, 
this tendency is not obvious and no simple 
relation between acoustic energy and heat 
can be deduced from the present results. 

The fact that the variation of the thermal and 
acoustic signatures are not always in perfect 
agreement from one given crack to another indicates 
that these two independent experimental data should 
be considered together (and not only confronted to 
each other), so that a "severity" map can be defined, 
as illustrated by Figure 14. This representation also 
stresses the fact that for this particular loading, the 
acoustic signatures are higher than the thermal ones.  
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Fig.14. "Severity" map, designed for every damage 

detected by passive thermography, based on the 
generated acoustic energy and the released heat. 

Finally, the visualization of the time-evolution of the 
cumulative data, given by Figure 13, underlines the 
fact that passive thermography should not be used to 
determine a damage threshold. However, another 
threshold can be defined, based on the beginning of 
meso/macro-scale damage. 

This notion of "damage threshold", which requires 
the detection of the first damaging events that occur 
during the mechanical test, or of their effects, led to 
complete this study with an ultrasonics monitoring. 
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4 In situ ultrasonics monitoring 

One of the main interests of Lamb waves is that they 
are guided waves which propagate in the plane with 
wavelengths that can be selected high enough to 
explore the tested material at the scale of several 
woven cells. Consequently, the measurement of their 
time-of-flights can lead to homogeneous plane 
mechanical properties. 

4.1 Principle of the Lamb waves monitoring 

In this study, the tested samples are instrumented 
with two 10 mm diameter piezoelectric disks. In 
order to maximize the length of the propagation 
path, they are fixed at the sample tips, so that they 
are initially separated by a distance close to 100 mm 
(Fig. 15). 

l0
piezo disc

emitter

piezo disc 

receiver

l0
piezo disc

emitter

piezo disc 

receiver

 

Fig.15. Schematic of the piezoelectric system used 
for ultrasonics monitoring. 

The choice is made to excite the emitter disk with a 
single cycle tone burst at a frequency associated 
with a wavelength equal to twice its diameter (that is 
to say 20 mm), in order to generate an extension 
wave, also known as the S0 Lamb mode. In such a 
frequency range, the ratio between the sample 
thickness (1.6 mm) and the wavelength being quite 
low, this mode can be considered to be non-
dispersive, thus associated with a constant velocity 
v2. As long as the sample is undamaged, before any 
tensile test starts, and under the assumption of an 
equivalent homogeneous elastic orthotropic material, 
this velocity can be linked to the elastic plane stress 
modulus E2 in the direction y of the loading:  

 
(3) 

with ν12 and ν21 the Poisson coefficients. 

Let us note here that in a parallel study in Onera, a 
full characterization of the initial plates was made. 
Assuming that the woven is perfectly balanced, the 
Poisson coefficients were considered equal and their 
values, computed from the ratio between the 
transverse and the axial strains in the elastic regime, 
were found close to 0.15 [8]. Thus, for this study, 
the approximate form of equation (3) will be used, 
which leads to a very simple expression of the 
elastic plane stress modulus E2:  

 (4) 

Once the tensile test is started, signals that reach the 
second piezoelectric disk are recorded every second. 
The cross-correlation between the excitation signal 
and the received one leads to the estimation of the 
time-of-flight τ of the S0 wave between both disks. 
The time-evolution of the velocity v2 during the test 
can then be deduced:  

 
(5) 

with l0 the initial distance between the piezoelectric 
disks and ε the strain which is given by digital image 
correlation, using a virtual extensometer. 

Combining equations (4) and (5) finally gives a 
direct relation between the time of flight τ and the 
modulus E2 [9]:  

 
(6) 

This procedure was applied to monotonic tensile 
tests, as well as step-loading tests (with pauses at 
constant stress levels). 

4.2 Monitoring of monotonic tensile tests 

Two samples (sample A and sample B), from two 
composite plates, are tested. In addition to the 
ultrasonics Lamb waves monitoring, the monotonic 
tensile loadings are also monitored by passive 
thermography. 

The time-evolutions of the stress and of the mean 
temperature, averaged over the zone of the samples 
between the piezoelectric disks, during the tensile 
loading are given in Figure 16. As explained in the 
previous section, the slow, linear, decrease of the 
temperature at the beginning of the test, before any 
major damage appears, is checked. The detected 
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thermal discontinuities are in good agreement with 
the nonlinearities of the stress evolution, and can be 
linked to meso/macro-scale damage (Fig. 17). It 
seems that damage appears sooner for sample B, but 
with a weaker intensity than for sample A. 
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Fig.16. Time evolutions of the stress and of the 
mean temperature during the tensile test. 
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Fig.17. Thermal differential images showing the 
appearance of some damage events in sample A (up) 

and sample B (bottom), until final rupture. 

The thermal fields associated with the detected 
damage events are quite similar from one sample to 

another. However, the damage patterns are quite 
different from the ones observed in Section 3. The 
main damage mechanism seems to be matrix/yarn 
debonding, rather than matrix cracking. In particular, 
it should be noted that the local temperature 
instantaneous variations make the woven texture 
clearly appear: the yarns oriented in the warp 
direction (that is to say the loading direction), for 
which the local instantaneous variations of the plane 
strains are negative (∆εxx < 0; ∆εyy < 0), see their 
temperature locally increase (∆T > 0) when the 
debonding occurs. The exact opposite phenomenon 
appears for the yarns oriented in the weft direction. 
It is particularly noticeable for sample B. A more 
thorough study, based on the comparison between 
thermal and digital image correlation fields, is 
needed on that point. 

The variations of the mean temperature with the 
stress are also plotted in Figure 18, and compared to 
the ones of the mean plane modulus E2, deduced 
from the S0 mode time-of-flight measurements. 
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Fig.18. Variations of the mean temperature and of 
the axial plane modulus with the stress, 

during the tensile test. 

The analysis of Figure 18 shows that the Lamb 
waves monitoring is sensitive to early damage, so 
that a damage threshold can be defined. In the 
present case, it seems that the damage threshold of 
sample A is lower than the one of sample B. Once a 
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15% drop on the modulus is reached, the behavior of 
both samples become quite similar: a damage 
saturation level is observed, before the final ruin of 
the samples, for a 25% drop on the modulus. 

4.3 Monitoring of step-loading tensile tests 

The tensile testing for sample C is constituted of 
four loadings, with intermediate pauses at the 
following constant stress values: 40 MPa, 80 MPa, 
120 MPa and 160 MPa. Once again, the monotonic 
phases of the test are monitoring by passive 
thermography; when the test is stopped, at a given 
stress level and at zero loading, ultrasonics 
measurements are carried out and microscopic 
images are recorded along the polished free edge of 
the sample. 

The monitoring of the mean temperature during each 
of the loadings underlines the change of behavior 
due to the accumulation of damage (Fig. 19). The 
linear decrease of the temperature is checked before 
any major damage occurs, but this thermoelastic 
regime gets shorter and shorter from one loading to 
another. The temperature profile becomes much 
more discontinuous and the global temperature 
decrease amplitude, averaged over the sample, keeps 
slowing down, due to the heat released by the 
damage events.  
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Fig.19. Variations of the mean temperature during 
the four tensile loadings. 

The first significant thermal event is detected at the 
end of the second loading. It can be assumed that the 
mechanical properties of the tested material should 
be considerably altered after that tensile loading, 
which is indeed checked with the evolution of the 

mean axial plane modulus, deduced from the 
extension wave time-of-flights (Fig. 20): the drop of 
modulus is close to 20%. Then, after loadings #3 and 
#4, the decrease of modulus is much lighter, with a 
final drop of 25% compared to the initial value. 

It should also be pointed out that the values found 
for the mean plane modulus E2, are almost identical, 
whether the time-of-flight measurements are carried 
out during a loaded state or during an unloaded state. 
This means that the S0 Lamb mode is sensitive to the 
damage, even after its appearance, which is 
definitely not so clear with infrared thermography.  
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Fig.20. Evolution of the axial plane modulus from 
one loaded or unloaded step to another. 

These results, from passive thermography and Lamb 
waves monitoring, are in good agreement with the 
mechanical data acquired during the test by a force 
gauge sensor, as illustrated by the successive 
hysteretic loops of the stress / strain curves (Fig. 21): 
loadings #1, #3 and #4 do not generate a significant 
drop of modulus, unlike loading #2. 
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Fig.21. Stress-strain evolutions from one tensile 
loading to another. 
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A fine qualitative agreement is also found with the 
microscopic images, taken during the constant load 
pauses: Figure 22 shows the rise of the number of 
cracks at a given longitudinal position on the edge of 
the sample, loadings after loadings. It is confirmed 
that the first cracks appear after the second tensile 
loading and are detectable at the 80 MPa step. 
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120 MPa step
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40 MPa step

 

Fig.22. Microscopic images of the polished free 
edge of the sample. Comparisons between increasing 

load steps. Cracks are highlighted in a red color. 

5 Conclusions 

The present study highlights the relevance of 
infrared thermography and guided waves, two 
techniques that are commonly used for 
nondestructive inspections, for in situ damage 
monitoring. 

It was shown that passive thermography, the less 
intrusive experimental monitoring technique, can 
lead not only to a better understanding of the major 
damage mechanisms of woven composites, but also 
to a quantification of their severity. The interest to 
couple a global approach, by considering mean 
quantities such as the averaged sample temperature, 
to a local approach, by assessing the heat released by 

damage like matrix cracking, was pointed out. The 
comparisons with strain fields from digital image 
correlation, with acoustic emission energy peaks, 
and with microscopic visualizations of one edge of 
the sample (when a step-loading test is carried out) 
were proven fruitful and should be investigated in 
future works. 

The major drawback of this monitoring technique is 
that it cannot be used to determine a damage 
threshold, since it is only sensitive to meso and 
macro-scale damage. One research prospect that is 
currently followed in Onera is the opportunity to use 
vibrothermography during the constant-stress 
pauses, in order to estimate its sensitivity to early 
damage events. 

As for the ultrasonics monitoring, based on the 
measurement of the time-of-flights of the extension 
wave (S0 Lamb mode), the first results presented in 
this paper are quite promising. It was shown that this 
technique leads to a continuous variation of the 
mean axial tangent modulus, which is much harder 
to get from mechanical measurements only, and that 
it can be applied during loadings, as well as when 
the test is stopped at a constant stress (even at zero 
loading), which means that it remains sensitive to 
the damage after its appearance. Moreover, it was 
pointed out that the variations of the modulus could 
be used to define (or confirm) a damage threshold. 

The one major drawback is that the excitation of the 
extension mode in such a narrow sample does not 
enable to estimate, either the plane modulus E1 in the 
direction orthogonal to the loading axis, or the out-
of-plane modulus E3. Other experimental tests are 
now required: the use of a different Lamb mode, 
such as the flexural A0 mode, is to be considered. 
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1. Introduction 
 
Fiber-reinforced polymer (FRP) matrix 
composites are increasingly used as alternatives 
to conventional metallic materials in various 
armored structures of military vehicles due to 
their light weight, high stiffness-to-weight and 
strength-to-weight. FRP composites are 
preferred over conventional materials in the 
battlefield for light weight feature as this 
material class increases the mobility of vehicles 
to avoid enemy threats. However, impact 
resistance is one of the major concerns for fiber 
reinforced composite due to its high 
susceptibility to impact damage. Glass fiber has 
been attractive material as reinforcement in 
composites due to low cost, high impact 
strength, high chemical resistance and excellent 
insulating properties. Because of good stiffness, 
strength, excellent chemical resistance, 
dimensional stability, and excellent adhesion 
with fillers and fibers, epoxy has been excellent 
candidate in glass fiber reinforced composites 
among polymer matrix. Typically, glass fiber 
reinforced polymer (GFRP) composites are 
considered as high-ductility advanced 
composites which are capable of absorbing 
maximum projectile’s kinetic energy, but have 
limited ability against deforming or fracturing 
due to impact by projectile [1]. Carbon 
nanotubes (CNTs) have high potential to 
combine the benefits of higher absorption 
capability as well as high hardness. They exhibit 
an exceptionally high aspect ratio in 
combination with low density, high strength, 
stiffness and hardness, which makes them 

potential candidate for the reinforcement of 
polymer-based composite materials. As a result, 
carbon nanotubes reinforced polymer matrix 
composites might be highly effective as armor 
structures while high strength combined with 
high ductility might absorbs more kinetic 
energy of the projectile without much 
deformation. High surface area of CNTs 
provides desirable interfaces for stress transfer 
effectively in composite material. Ajayan et al. 
investigated stress transfer mechanism in 
CNT/epoxy composites [2]. They found multi-
walled carbon nanotubes comparatively more 
efficient during stress transfer from matrix to 
CNTs than single-walled nanotubes. On the 
contrary, another study found that this high 
surface area induces undesirable strong 
attractive forces between CNTs which leads to 
excessive agglomeration [3]. Various dispersion 
methods to de-agglomerate nanotubes in 
polymer resins, such as stirring, sonication and 
high shear mixing have been reported in 
literature [4-6].  
Besides, the interfacial adhesion between CNTs 
and matrix was reported to improve by 
functionalizing the CNTs. Tailored amino, 
carboxyl or glycidyl groups enable covalent 
bonding between CNTs and epoxy resulting in 
improved interfacial bonding. The positive 
effects of functionalized CNTs on the 
mechanical properties are reported by various 
researchers [7-9]. In our recent study, a 
combined dispersion of 0.3 wt. % NH2-
MWCNTs by sonication and calendaring 
method lead to an optimum improvement in 
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terms of flexure and thermo-mechanical 
properties [5].  
So far, most of the studies were about 
determining how the failure mechanism and 
penetration phenomenon occur during ballistic 
impacts through theoretical and numerical 
predictions [10-14]. Very few studies have been 
conducted on the control of damage behavior 
and mechanism of high velocity impact 
properties of FRP composites using 
nanoparticles. Javad et al. carried out high 
velocity impact test of nanoclay reinforced 
unsaturated polyester (UP) resin and better 
performance was found for samples containing 
1.5 wt. % nanoclay [15]. Avila et al. focused on 
high velocity impact of two hybrid 
nanocomposites i.e. glass fiber/epoxy/nanoclay 
and glass fiber/epoxy/nanographite [16]. The 
addition of nanoclay and nanographite to glass 
fiber/epoxy laminates increased the impact 
resistance. Besides, they found a considerable 
effect of using nanoparticles on the failure 
mechanisms of glass fiber/epoxy composites. 
To the best of the authors’ knowledge, there are 
no studies reported in the open literature on the 
effect of NH2-MWCNTs on the ballistic 
response of glass fiber reinforced epoxy 
composites. Hence, in this study, the effect of 
amino-functionalized MWCNTs on the ballistic 
impact properties of E-glass/epoxy composite 
laminates was investigated. Composite samples 
for ballistic test were fabricated using hot press 
process. Samples of 120 x 120 x 5.25 mm were 
subjected to ballistic impact using a gas gun set-
up with spherical projectiles at seven different 
pressure levels. Dispersion state of CNTs in the 
epoxy matrix systems was investigated by 
transmission electron microscope (TEM). In 
addition, effect of interaction of MWCNTs with 
epoxy and fiber/matrix bonding were 
investigated using scanning electron microscope 
(SEM). Projected damage area after impact test 
was evaluated by ultrasonic c-scan. All results 
were compared with the control composites 
containing no MWCNTs. 

2. Experimental 

At first, NH2-MWCNTs were mixed manually 
with SC-15 Part-A of epoxy resin as per 
calculated weight ratio. The mixture was then 
sonicated at room temperature for 1 hour at 35% 
amplitude and 20 second on/ off cycle pulse 
mode. To improve the dispersion of MWCNTs 
further, the sonicated mixture was then passed 
through a three-roll mill for three times at 
different pre-selected gap settings. Roller speed 
of the three rolls was maintained at a ratio of 
1:3:9 while a maximum speed of 180 rpm was 
maintained in all the three passes. The hardener, 
Part B was mixed as per stoichiometric ratio to 
the modified mixture with a mechanical stirrer 
for 10 minutes at 800 rpm. E-glass/epoxy 
nanocomposites were fabricated by using a 
combination of hand lay-up and hot press 
techniques to ensure proper fiber wetting and 
uniform resin distribution in the fabrics. Twelve 
layers of E-glass fabric were stacked properly. 
The entire setup was kept in a hot press at 60°C 
temperature and 1.43 MPa pressure for 6 hours. 
After completion of curing, the laminate was 
thermally post cured at 100°C for 5 hours 
without any pressure. The final thickness of the 
panel was found to be 5.25 mm. 
 
3. Characterization 
 
High velocity or ballistic impact tests were 
carried out using a gas-gun test set up. The gas 
gun consists of a 3 m long barrel, a fast acting 
high pressure firing valve, and capture chamber. 
The sample of dimension 120 mm x 120 mm x 
5.25 mm was mounted in a fully clamped 
boundary condition between two rigid 
aluminum plates in the capture chamber. 
Spherical steel projectiles with a diameter of 
7.90 mm and weighing 2.10gm were used. 
Polyurethane sabots assisted spherical 
projectiles through the barrel. The projectile was 
separated from the launching sabot by a sabot 
stripper plate before impacting the target. Initial 
velocity and residual velocity of the projectile 
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were measured using two chronographs 
mounted at the bottom of the capture chamber 
with a transparent optical window. Helium gas 
was used as propellant. Impact velocity was 
varied by varying the pressure of gas in the 
firing chamber. Seven different pressures setting 
varying from 0.34-1.38 MPa (50-200 psi) were 
used for the test. Incident velocity levels ranged 
from 240 m/s to 380 m/s and accordingly initial 
kinetic energy levels ranging from 60 J to 150 J. 
Dispersion states of MWCNTs in epoxy resin 
was investigated by Zeiss EM10 Transmission 
Electron Microscope operated at 60kV. The 
analysis of fracture surfaces was carried out 
using a Zeiss EVO50 scanning electron 
microscope (SEM) at 20 kV accelerating 
voltage. Specimen surfaces were coated with a 
thin gold film to protect the fracture surfaces 
from beam damage and to prevent charge build 
up. An Ultrasonic C-scan inspection was carried 
out to obtain quantitative information of damage 
of the impacted laminates using an ultrasonic 
pulse-receiver unit with ODIS software made by 
Sonix Inc. The scanning was carried out in 
pulse-echo immersion mode using a 5-MHz 50 
mm point focus transducer. Scanning was done 
in the x-y direction with an electronic gate set 
on the back surface signal. Scan data was 
collected at every 0.05 mm interval. Software 
associated with the set-up has a provision to see 
real-time digitized oscilloscope where the 
signals are monitored. Both amplitude as well as 
time-of-flight information was collected and 
stored as image files in TIF or GIF format. 
3. Results   

3.1. High velocity impact characterization 
3.1.1. Absorbed energy  
High velocity impact properties were analyzed 
in terms of absorbed energy efficiency and 
ballistic limit velocity of fabricated laminates to 
figure out the effect of NH2-MWCNTs on 
ballistic properties of E-glass/epoxy composites. 
Typical room temperature initial and final 
velocity determined by chronographs equipped 
in the testing device, are shown in Table. 1. The 

summary of the calculated absorbed energy 
results at all of the impact velocity levels is 
shown in Table 2. Table 2 also provides the 
information on the projected damage calculated 
based on the ultrasonic c-scan images. For this 
calculation, damage is assumed to be elliptical 
in shape. Major and minor axes were measured 
to calculate the area. Numbers in the parenthesis 
give the percentage change in the damage area 
for samples with NH2-MWCNTs as compared 
with control (ones with no NH2-MWCNTs) 
samples. 
Absorbed energy is one of the main parameters 
to assess and evaluate the degree of damage and 
process in a composite laminates after an impact 
incident. Impact energy is defined as the kinetic 
energy of the projectile that is transferred to 
composites just before impact while absorbed 
energy is the amount of energy dissipated within 
composites at the end of an impact event. 
Absorbed energy can be calculated in several 
ways. One of the ways is to measure the integral 
area under load-deflection curve which is 
treated as the total absorbed energy by a 
composite specimen. In this study, total 
absorbed energy was determined by the 
difference of initial kinetic energy just before 
impact and final kinetic energy just after impact 
according to equation (1).  
 

   (1) 
 

where, m, v, and u are the mass, incident impact 
velocity and residual velocity of the projectile, 
respectively and Ea is the absorbed energy by 
the target. 
The positive effect of NH2-MWCNTs in epoxy 
resin is clearly evident in case of absorbed 
energy improvements (Table 2). Energy 
absorption capability by composites has been 
improved at 3 wt. % loading of CNTs with 
respect to control laminates and then decreased. 
As shown in Table 2, the results clearly show 
that, in some cases absorbed energy is lower 
than impact energy and in some cases absorbed 
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energy is same as impact energy. So some of the 
test data are below equal energy line where 
absorbed energy equals to impact energy and in 
other cases it is coincident on the line. This 
clearly indicates that there are complete 
penetrations in all the samples in which 
absorbed energy is less than impact energy. The 
excess energy i.e. impact energy minus 
absorbed energy, defined as residual energy was 
retained by the projectile after completely 
penetrating the sample. The other case indicates 
that the projectile is caught by the laminates and 
the projectile velocity becomes zero before all 
the fibers are broken. It indicates the absorbed 
energy and impact energy is same and the 
partial penetration has occurred.  
 
3.1.2. Ultrasonic evaluation of impact damage 

All the samples were subjected to ultrasonic c-
scan evaluation after the impact tests to 
determine the extent of damage and correlate 
the incident impact energy to the damage. The 
tests were carried out in an immersion mode by 
pulse-echo technique. In this system the 
specimen was submerged into a water tank. An 
ultrasonic pulse was sent from the submerged 
piezoelectric transducer into the specimen. 
Ultrasonic pulse travels through the water 
column. Part of the signal gets reflected back 
from the front surface of the sample while 
remaining in transmitted into the sample. The 
portion of the pulse that is traveling through the 
sample will undergo inherent attenuation within 
the sample. If the location of the sample where 
ultrasonic pulse enters the sample is defect-free, 
the pulse travels through the thickness of the 
sample and again gets reflected back. On the 
other hand, if there is a defect or damage in the 
path of ultrasonic pulse, then that acts as a 
reflector and ultrasonic pulse gets reflected back 
from defect or damage. If the defect or damage 
is substantial, then most of the transmitted pulse 
will not reach the back surface. Collecting the 
back surface signal, hence from all the scanned 
points and converting the digitized data in an 

image form will create a c-scan, which gives the 
projected information of the damage in the 
sample. Projected damage calculated based on 
the c-scan time-of-flight data is presented in the 
last column of Table 2.  If the impact energy is 
less, the projectile bounces of the sample. 
However, in the current study, the lowest 
incident energy was high enough to create 
damage in the sample and projectiles actually 
penetrated the samples either partially or 
completely. When there is partial penetration, 
the projectile gets caught in the sample 
transferring its energy completely to the sample. 
Some of the incident energy of the sample is 
absorbed in elastic deformation of the sample 
while the remaining is spent in creating damage 
in the sample. Major mode of damage in woven 
fabric composites is delamination, in addition to 
fiber breakage at the back surface as well as 
matrix cracking as shown in Fig. 1. In general, 
the interface where the projectile gets arrested 
has the largest delamination. On the other hand, 
when the projectile completely penetrates the 
sample, the damage gets much more localized 
and is generally lower than the case where there 
is partial penetration of the sample. When the 
samples with MWCNTs are compared with 
those without MWCNTs on one-on-one basis at 
a given pressure setting, it is generally noticed 
that the damage size is much lower in case of 
samples with MWCNTs as can be seen from 
Figs. 2-3 which give front and back surface 
images as well as time-of-flight c-scan images 
of samples tested at 0.34 and 1.38 MPa pressure 
settings, respectively. This is more so when 
there is partial penetration, i.e. below the 
ballistic limit. This is due to the fact that the 
samples with MWCNTs have higher bending 
stiffness and absorb more energy in terms of 
elastic deformation than that of the control 
samples. Hence, the amount of energy that is 
required to create damage is relatively more. 
This results in lower damage area. Even after 
complete penetration, the damage area is less 
for samples with MWCNTs.  
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3.1.3. Effect of MWCNTs on ballistic 
properties and damage area 
As previously stated, GFRP composites are 
considered as high-ductility advanced 
composites where possible damage mechanism 
by high velocity impacts are tensile failure and 
deformation of fiber yarns, delamination and 
matrix cracking [10]. In other word, these are 
the main energy absorbing mechanisms by 
GFRP composites. So, ballistic properties and 
damage mechanisms of the composites are 
strongly dependent on the fracture toughness 
and bending properties of the target including 
elastic modulus, tensile strength and failure 
strain of fiber and matrix as well as interfacial 
bonding between them. 
One of the obvious factors that contribute to the 
improvements in ballistic impact properties is 
the increased load transfer capability between 
the epoxy matrix and nanotubes. It has been 
reported that effective stress transfer between 
epoxy matrix and amino-functionalized 
MWCNTs contributed in enhancing mechanical 
properties of fiber-reinforced composites [17]. 
However, an effective stress transfer between 
epoxy and nanotubes is strongly dependent on 
improved dispersion. Figure 4 shows the degree 
of dispersion at both of the loading that reveals 
clearly a better dispersion of 0.3 wt. % CNTs in 
epoxy resin. An improved dispersion of CNTs 
in matrix facilitates to enhance interfacial 
reactions and forms covalent bond between 
them. This covalent bond induces different 
cross-linking region into the epoxy matrix. 
Generally after mixing epoxy Part A and NH2-
MWCNTs, the interfacial reaction takes place 
between amine functional groups of MWCNTs 
and epoxide groups of DGEBA resin. Two ring 
opening reactions followed by a cross-linking 
reaction create interlocking structure in the resin 
blend which facilitates impediment of the 
mobility of polymer chains in the system [5]. A 
bridging between epoxy matrix and MWCNTs, 
and thus, a better adhesion between them has 
been observed due to crosslink interaction [18]. 

When crack propagates in nanocomposites 
through a nanotube, crack tips cannot break the 
strong MWCNTs due to the bridging by 
crosslinking. The energy of the tips is 
significantly reduced by the large quantity of 
nanotubes pullout. As a result, crack tips are 
then forced to stop or frequently change their 
crack propagation line. Due to this 
phenomenon, crack initiation and propagation 
become difficult within the matrix and at fiber-
matrix inter-phase than that of without 
reinforced CNTs samples that result in a higher 
energy absorption capability in the composites. 
In addition, presence of epoxy silanes on the 
surface of E-glass fiber may react with amine 
groups of MWCNTs as well as with amine 
groups of epoxy systems. This chemical 
reactivity may have formed a strong covalent 
bond that has resisted the crack propagation and 
increased the interfacial bonding between fiber 
and matrix due to increased fracture toughness 
as shown in Fig. 5(b). It might be one of the 
reasons to have less delamination and matrix 
cracking that result in a decrease in damage area 
as well as an increase in absorption capability 
and ballistic limit of GFRP composites. 
However, no such bonding was observed in 
control GFRP samples as shown in Fig. 5(a).  

The noticeable increase in absorbed energy, 
ballistic limit and projected damage area at 0.3 
wt. % loading thus can be attributed to the better 
dispersion of MWCNTs and better interfacial 
interaction among the amino functionalized 
MWCNTs, epoxy matrix and epoxy silanes of 
glass fiber interfaces. A decrease in the ballistic 
performance of samples with 0.5 wt. % 
MWNCTs was observed. It is well known that 
high surface area of nanotubes gives it desirable 
interface to transfer stresses. However, it creates 
a strong attractive force between them leading 
to excessive CNTs agglomeration. In addition, 
incorporation of nanotubes in polymer matrix 
has a major influence on the viscosity of 
nanocomposites and hence, mechanical 
properties also. It was reported that the 
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incorporation of more than 0.3 wt. % loading 
increases the viscosity of matrix which is 
reported as an impediment to dispersion [5]. A 
poor dispersion has also been observed in case 
of 0.5 wt. % CNTs loading from the TEM 
investigation (Fig. 4-b). High viscosity increases 
the surface tension of resin systems. In case of 
laminate fabrication, this is one of the main 
problems as it causes poor wetting of the glass 
fibers that leads to poor adhesion between glass 
fibers and epoxy matrix during fabrication. As a 
result, a potential decrease has been observed in 
the ballistic limit velocity, absorbed energy and 
projected damage area of the composites at 0.5 
wt. % loading. 
4. Conclusions 

In this study, NH2-MWCNTs were incorporated 
in E-glass/epoxy composites to enhance ballistic 
impact performance. MWCNTs incorporation to 
the epoxy resin system was carried out through 
a combination of sonication and three-roll mill 
methods. Based on the experimental analysis, it 
can be reported that the addition of MWCNTs at 
0.3 wt. % loading increased energy absorption 
capability and the damage tolerance 
considerably, exhibiting lower damage size. 
Amino-functionalized MWCNTs interact with 
epoxy system and epoxy silanes onto fiber 
surfaces create a higher cross-link density of 
polymer network. Modification of epoxy matrix 
and improved fiber-matrix interfacial shear 
strength might increase the fracture toughness. 
Overall, this work showed that the ballistic 
performance of E-glass/epoxy samples can be 
enhanced by adding a very small percentage of 
amino-functionalized MWCNTs. At higher 
loading, the effect is reduced due to poor 
dispersion that causes a poor interfacial 
interaction between fiber and matrix as well as 
due to increased viscosity that does not provide 
proper wetting of fibers and hence, the 
interfacial shear properties along with other 
mechanical properties are not enhanced.  
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                                                           (a)                                                              (b) 

Figure 1. Optical microscope of fractured samples showing (a) fiber-matrix 
delamination and (b) fiber breakage 

 

 
Figure 2. Pictures of top and bottom surface, and ultrasonic time-of-flight c-scan images showing 

projected damage of samples tested at 1.38 MPa pressure setting  
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 Figure 3. Pictures of top and bottom surface, and ultrasonic time-of-flight c-scan images showing 
projected damage of samples tested at 0.34 MPa pressure setting. 

 

 
Fig.4. TEM micrographs of a) 0.3 wt. %, and, b) 0.5 wt. % loading of NH2-MWCNTs in epoxy resin. 

Figure 5. Interfacial bonding between fiber and matrix in (a) neat sample and in (b) 0.3 wt. % 
CNTs incorporated sample. 
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Table 1.Ballistic impact results of control and NH2-MWCNTs incorporated E-glass/epoxy composites  
 

Sample Specimen no. 
Incident 
velocity 

(m/s) 

Residual 
velocity 

(m/s) 
Remarks 

Control 
GFRP 

01 367.38 189.63 P 
02 332.01 115.85 P 
03 324.08 76.52 P 
04 309.75 71.03 P 
05 299.08 9.45 P 
06 290.85 0.00 E 
07 264.32 0.00 E 

     

0.3 wt. % 
CNT-doped 

GFRP 

01 369.82 185.97 P 
02 335.06 89.02 P 
03 319.51 18.90 P 
04 306.70 5.18 P 
05 301.82 0.00 E 
06 291.16 0.00 E 
07 269.51 0.00 E 

     

0.5 wt. % 
CNT-doped 

GFRP 

01 369.82 201.83 P 
02 331.70 117.98 P 
03 329.26 108.84 P 
04 319.82 74.39 P 
05 300.91 0.00 E 
06 283.23 0.00 E 
07 248.17 0.00 E 

P=Penetration, E= Embedded 
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Table 2.Calculated initial kinetic energy, residual kinetic energy, absorbed energy and projected 
damage area of control and CNT-incorporated E-glass/epoxy composites  
 

Sample Specimen 
no. 

Absorbed 
energy,     

Uk-Ur (J) 

Projected 
Damage 

Area 
(cm2) 

% difference 
in damage 
area w.r.t. 
reference 

Reference 
GFRP 

01 103.95 40.32 - 
02 101.65 44.35 - 
03 104.13 48.38 - 
04 95.44 49.16 - 
05 93.83 56.45 - 
06 88.83 56.45 - 
07 73.36 49.39 - 

     

0.3 wt. % 
CNT-
doped 
GFRP 

01 107.28 32.26  -19.99 
02 109.56 40.32  -9.07 
03 106.83 40.32  -16.67 
04 98.74 44.35  -9.78 
05 95.66 36.29  -35.71 
06 89.01 32.25  -42.87 
07 76.27 48.38  -2.04 

 

0.5 wt. % 
CNT-
doped 
GFRP 

01 100.83 36.29  -9.99 
02 100.91 40.32  -9.07 
03 101.59 44.35  -8.33 
04 101.40 48.38  -1.59 
05 95.08 48.38  -14.30 
06 84.23 40.32  -28.58 
07 64.66 48.38 -2.04 
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1. General Introduction  

High performance epoxies are more and more used 
for structural applications, namely for naval and 
offshore structures as well as for aeronautical and 
aerospace structures. It is well known today that 
internal residual stresses are developed during the 
curing of thermosetting materials. However, several 
defects like cracks and bubbles inside of the matter 
might arise, especially with increasing thickness. 
These defects may provoke serious damages within 
the concerned structure in service, especially under 
dynamic solicitations. In order to offer a better 
quality control, pulsed lasers have recently been 
used in non destructive inspection and 
characterization of composites [[1]]. This work 
focuses on internal gradients of properties generated 
during the curing and their consequences on the 
dynamical behavior of the epoxy matrix LY 556®. 
To do this, couplings induced by the curing between 
the chemistry, the thermal and the mechanics of the 
matrix in progress are presented and are taken into 
account for a spatial description within the epoxy 
matrix. This paper presents therefore simulation 
results for a 32 mm thick epoxy cylinder, exposed to 
laser induced shock waves, by taken into account 
internal gradients of properties induced by the curing. 

2. The LY556 epoxy curing model 

The resin system tested in this study is a three-
component anhydride-epoxy system from Ciba. The 
blend consists of a bifunctional DGEBA-type epoxy 
(Araldite LY556, EEW=183-192 g/eq, n=0.3), a 
tetra-functionnal anhydride hardener (methyl-
tetrahydrophthalic anhydride HY 917, anhydride 
equivalent weight = 166g/eq), and an accelerator (l-
methyl imidazole DY 070). The components were 
mixed in LY 556/HY 917/DY 070 weight ratio of 
100/90/1, resulting in a stoichiometric epoxy-
anhydride mixture. 

2.1. Kure kinetics 
As the curing evolves, the chemical degree of 
conversion rate is less and less important and the 
thermosetting reaction becomes diffusion controlled 
[2]-[7]. Thus, a semi-empirical relationship (1) 
proposed by Fournier et al. [3], and based on free 
volume consideration, was chosen for the 
description of diffusion effects. Fournier et al. 
extended the Kamal and Sourour model [8] by a 
diffusion factor fd(α) as presented by equation (1): 

dα
dt  = (K1 + K2 αm)(1-α)nfd(α), with 

fd(α) =    
2

(1+exp[(α−αf)/b])
 - 1   

(1) 

Where K1 = A1exp (
-E1

RT)  and K2 = A2exp (
-E2

RT). 

αf is the degree of conversion measured at the end of 
a given isothermal curing and b is an empiric 
diffusion constant of the material. This model fits 
the best experimental data for the cure kinetics of the 
LY556 epoxy resin as highlighted in Fig. 1. Impact 
of diffusion factor must therefore be taken into 
account. 

The methodology for cure kinetics identification 
with diffusion effects is detailed in [9] and results 
are given in table 1 and 2.  

The local temperature T of the matrix during the 
curing is defined by following equation of heat 
transfer: 

ρ Cp
dT
dt

 = - div{λ T [-grad �
 T ]} + r + 

ρ ∆Hr dα/dt - T {(3λ + 2µ) αT}tr‗  εe˙   (2) 

where Cp, λΤ, ρ and r stand respectively for specific 
heat, thermal conductivity, density and heat 
radiation imposed by the oven. αΤ is the coefficient 
of thermal expansion (CTE) of the matrix in 
formation. λ and µ are the Lamé coefficients of the 
matrix. 
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Nevertheless, with increasing thickness, mass effect 
of the epoxy has to be taken into account because of 
the exothermal aspect of the thermosetting reaction. 
This statement is clearly demonstrated by equation 
of heat transfer (2) where the coupling between the 
thermal and the chemistry appears. 

Precise details of the numerical solving strategy 
were presented by the author in a previous work [2]. 
This solving strategy was applied to a cylindrical 
block of resin (diameter 32 mm, height 30 mm) 
poured in a steel tube with a thickness of 6mm. The 
heating of the steel tube containing the liquid resin 
was reproduced by FEM analysis. A special 
attention was given to the determination of the 
convection interaction determination between the 
steel test tube and the air of the oven in order to 
reproduce as realistic as possible a real condition of 
oven heating that corresponds to a 3°C/min ramp 
followed by a 100°C plateau, for instance. Due to 
the axial symmetry of the structure the mesh was 
performed with 8-node thermally coupled 
axisymmetric solid, biquadratic displacement, 
bilinear temperature CAX8T elements of the 
Abaqus® element library. The full model requires 
240 elements and 787 nodes for results convergence. 
The computation time takes around 25 min on a 
Pentium IV HT desktop at 3.20 GHz with 2Go of 
Ram. 

3. Results for cure coupling effects on epoxy 
matrix state 

The cure modeling approach was applied to the 
curing of a cylindrical block of resin (diameter 32 
mm, height 30 mm).  

3.1. Temperature and degree of cure history 

The FEM solving technique led to the prediction of 
gradients of temperature developed within the matter 
during the cure, hence gradients of properties, which 
are significant as shown in Fig.1 for cure conversion 
and in Fig.2 for temperature history. Corresponding 
first internal elastic stress level observed was found 
around 10 MPa. which is significant at the hot stage 
of the curing, before the cooling step. 

 

3.2. Properties gradients after the curing  

It is assumed here that the thermal and 
chemical coupling problem is the main leading 

coupling to take into account, as exposed in previous 
study [10]. Thus heat generated by the mechanics 
(contribution of strain rate, as mentioned in equation 
of heat transfer (2)) was considered as a second 
order effect. This assumption was validated by the 
solving of the thermal an chemical coupling only, 
presented in equation (2)[2], that fits well internal 
temperature history prediction during the curing as 
shown in Fig. 3. 

Consequently, all mechanical parameters like 
Young modulus, bulk modulus, shear modulus, yield 
stress, failure stress could be considered as being 
dependent of degree of cure and temperature only. 

3.2.1. Elastic modulus description 

Elastic modulus E was deduced from shear 
modulus and Poisson ratio of the cured matrix that is 
supposed to be locally isotropic and homogeneous. 

3.2.2. Elastic shear and bulk modulus G’ and K 

Shear tests were performed on pure epoxy 
matrix samples as shown in Fig. 4. The video 
controlled shear technique developed by [11] was 
used and led to the plot of local shear stress versus 
local strain. 

Video controlled shear tests were performed at 
different temperature to account for rubbery or 
glassy state behaviors of the matrix. Results are 
shown in Fig. 5.  

It is pointed out that elastic shear modulus was 
found to be around 10 MPa. in the rubbery state and 
increases strongly in the glassy state to a level of 
1000 MPa. at room temperature. Thus, for a fully 
cured epoxy (~90% of degree of cure), shear 
modulus evolution versus temperature is 
summarized in Fig. 6. 

A strong change is logically observed at Tg 
crossing. This sophistication was taken into account 
for the determination of G’ obtained at the end of the 
hot stage before cooling, thanks to Tg modeling 
given by the Tg was calculated by the usual Pascault 
and Williams [[12]] relation (also called Di-
Benedetto equation) relation as follows: 

Tg-Tgo
Tg∞- Tgo

 = 
λα

1-(1-λ)α
 

 

(3) 

Where Tg0 = -37.22°C, Tg infinity = 135.19°C, 
λ=0.57. Details are available in [2]. 
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A linear mixture rule relation, based on the 
degree of conversion α, was used for G’ modulus 
description as follows:  

G’ (α,Τ) = (1- α). G’liq + α G’fully cured(T) (4) 

Where elastic modulus in liquid state G’liq 

~100Pa. [[13]] and the fully cured modulus G’fully 

cured is given by Fig. 6. 

The same linear mixture rule approach was 
applied to the bulk modulus K, but without any 
sophistication at Tg crossing assuming no changes 
there as exposed in [2].  

After cooling to room temperature, the epoxy 
matrix is in a fully glassy state. However, degree of 
cure gradient exists within the matrix. Consequently 
gradient of shear modulus is developed as shown in 
Fig. 7. 

3.2.1. Young modulus, Poison ratio and density 

Poisson ration was deduced from elastic shear 
and bulk moduli, assuming locally an isotropic 
behaviour. Density was deduced from the Li et al. 
Cure shrinkage model applied to the LY 556 epoxy, 
details are available in [13]. Young modulus was 
then calculated thanks to shear modulus and Poisson 
ratio and results are shown in Fig. 8. 

3.2.2. Yield and failure stress description 

Yield stress was obtained on a fully cured 
epoxy sample thanks to the video controlled shear 
tests presented in Fig. 6. It was then assumed that the 
yield stress evolution within the matrix, after return 
at room temperature, could be directly described by 
a linear dependency to the fully cured yield stress 
thanks to the local degree of conversion obtained 
after the curing. Evolution along the axis of the 
cylinder of epoxy is shown in Fig. 9  

Failure stress is more delicate to model 
according to shear strain strain curves where 
plasticity clearly exists. Nevertheless, as the video 
controlled shear tests were conducted up to the 
macroscopic failure of the sample, fail stress given 
here stands for macroscopic failure stress. Failure 
stress was then described in the same manner as for 
yield stress and is presented in Fig. 10. 

4. Oservation of thick LY556® epoxy by 
dynamic solicitations 

The dynamic behavior of composites, submitted to 
impacts or blast waves, has been extensively studied 

these last decades [14] particularly under laser 
induced shock wave [1], [15]. Some numerical 
works have been carried out by considering the 
composite material by an equivalent homogenous 
material, known as the Voight homogenization 
technique [17]. In other works, authors considered 
the composite material as a succession of plies in 
which the fiber direction can be specified but for 
which mechanical characteristics of the matrix (i.e. 
cured epoxy resin) are identical in each plies. Some 
authors even proposed some hydrodynamic shock 
data sets for ambiant (after curing) epoxy resins 
under impact [18], [19], [21]. Recently Ecault et al 
have studied the dammage of epoxy under intense 
laser induced shock waves [20]. However, in the 
case of thick composites, the curing stage observed 
in section 3 shows non negligible evolution of the 
mechanical characteristics (Young modulus, density, 
yield stress, Poisson coefficient, …) that vary along 
the sample thickness during and after the curing 
stage. In this section, numerical simulations, 
performed with the explicit finite element code 
RADIOSS®, point out differences of cured epoxy 
behaviour between homogenous and heterogeneous 
matrix released at ambiant temperature, subjected to 
an hypothetic dynamic loading. 

4.1.  Dynamic loading 

The loading temporal evolution chosen for this work 
is described in Fig. 11 and is supposed to generate a 
purely elastic wave like an ultrasonic loading such 
as the one used in non destructive inspection. 
However, The duration is artificialy increased to 1 
µs since a shorter pulse would have required much 
more elements and so, a much longer computation 
time. Nevertheless, it still represents a possible 
physical pulse. The interest of this approach is to 
predict the ability of ultrasounds experiments of 
evaluating mechanical characteristics of cured resins. 
The solicitation is defined as a pressure profile in the 
most cured side. The maximum pressure reaches 7 
MPa. Such a pulse can be obtained by impact 
experiments, laser induced shock waves, plate 
impacts or hopkinson bars. 

In the present work, two loaded areas have been 
used, both are disks of 1.5 mm and 3 mm of radius, 
respectively. 

4.2. Samples definition 

In a first approach, samples are defined as a 3 cm 
thick column of 3D cubic elements along the z axis 
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(epoxy cylinder axis). Pressure is applied on the 
upper facet (most cured) and side nodes are blocked 
in x and y directions. In order to check the mesh 
influence, two meshe sizes  have been chosen, 
respectively 500 and 5000 elements. The restituted 
pressure on the first element and the material 
velocity of nodes on the free surface (in vis a vis of 
the loaded surface) are monitored as simulation 
outputs. These two features are data that can be 
experimentally obtained by pressure gage for the 
first one [27] and by laser doppler velocimetry for 
the second one [25], [26]. In this first attempt, the 
sample is considered as homogeneous. The 
mechanical behaviour of the ambiant material is 
given by a perfect elasto-plastic model, self 
consistent for describing the elastic stage. This 
model is governed by the yield stress Y0, the Young 
modulus E and the Poisson coefficient ν. In a 
column of density ρ0, the longitudinal wave velocity 
CL is given by equation (5) : 

�� = � �
��   (5) 

This behaviour is completed by a hydrodynamic 
behaviour composed of the Mie-Grüneisen equation 
of state (6) in which the reference state under 
dynamic compression is given by the Hugoniot 
equation of state (7 and 8): 

σ=-P+σdev   (6) 

with P=Σaiµ
i
 where i ≤ 3 and ai are material 

coefficients computed with (7) and (8) and µ=1-ρ/ρ0. 

� − �
�� = �
�� (� − �
��)                     (7) 

� = �� + �(� − ��)           (8) 

Where the subscript ref refers for the reference state, 
the subscript 0 refers for the initial state, P is the 
hydrodynamic pressure, e the internal energy, Γ0 is 
the Grüneisen coefficient, D the shock velocity, C0 
the bulk sound velocity ans s a Hugoniot coefficient 
and u the material velocity. 

The above constitutive law coupled with the above 
equation of state is able to describe the behaviour of 
the epoxy in elastic regime as well as in plastic 
(moderate shock) and hydrodynamic regime (intense 
shock). However, since the matter tackled in this 
article is the non destructive characterisation, 

solicitations will be considered below the yield 
stress YO.  

Two similar samples are defined with two sets of 
mechanical characteristics ; the first sample is 
supposed to be almost perfectly cured (at 98 %) that 
corresponds to the area n°1 (center point of the 
cylinder) pointed in Fig. 3. However, such cured 
samples stay ideal and do not correspond to the 
industrial cured resin, rather cured at lower levels 
that could reach 80 %. So, a second sample is 
defined with a set of mechanical characteristics 
corresponding to a degree of cure of 80 %. For both 
sets, mechanical characteristics are taken from 
ABAQUS® simulation results presented in section 3, 
they are presented in table 3. Some other 
characteristics (Γ0, s, C0) have been taken from the 
literature [18], [19]. 

A column of 31 layers of ambiant matrix has also 
been simulated. Material properties after curing at 
ambiant temperature, for each layer, are deduced 
from Fig. 8 to 10, reproducing the gradient of 
properties in E, ρ0, CL, ν, Y0 along the sample 
thickness, in axis direction. 

At last, simulations have extended to cylindrical 
samples, in 2D axisymmetrical geometry, as thick as 
the previous columns, but with a radius of 1,5 cm, 
respectively for an homogeneous and 31 layers cases 
in elastic regime. 

4.3.  Simulation results 

Numerical results obtain with 500 and 5000 cubic 
elements along the 3 cm thick column were almost 
similar, at least for the main features (time of arrival 
at the free surface, pressure load transmitted in the 
first element). Thus, a 500 elements mesh has been 
adopted for the rest of the works. For all simulations, 
the resituted pressure loads in the first element were 
in agreement with the original input load and from 
one simulation to another. Then, observations were 
focused on the free surface velocity and particularly 
on the time of flight (i.e. time taken by the pulse for 
going from the loaded surface to the free surface) 
and the velocity amplitude.  

Fig. 12 shows the free surface velocity versus time 
for degrees of cure of 80 %, 98 % and a gradiant 
cured with 31 layers between 98 % and 72 %, at 
ambiant temperature for the column case. As 
expecteed, since the higher degree of cure, and thus 
Young modulus and density, the higher material 
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velocity has been observed. So, the time of flight is 
shorter for the sample having a degree of cure of 
98%, longer for the one of 80 % and intermediate for 
the 31 layers sample. It is respectively 12, 12.7 and 
12.1 µs. The higher the degree of cure, the lower the 
velocity amplitude is, this is explained by the effect 
of the cure on the mechanical impedance, 
particularly well illustrated in a “pressure vs material 
velocity” plane (also called shock polar). The shock 
polars in Fig. 13 give the material velocity in a 
medium for a given pressure and they can be 
obtained from Rankine-Hugoniot conservation 
equations [22]. For an pressure load of 7 MPa, the 
material velocity in the sample is respectively 2.7 
m/s and 2.6 m/s for cured resine at 98 % and 80 %. 
The value obtained for the layered resine is 
approximatively 2.5 m/s. The rear surface velocity is 
about the double of the material velocity within the 
sample, when the shock does not meet any decay 
[23], so the results showed in Fig. 12 are slightly 
under-estimated but consistent. 

 

Although this first approach seems to be 
encouraging, these simulations do not correspond 
exactly to laser induced shock experiments but 
rather than to Hopkinson bar experiments that are 
hardly automatable and cannot be performed in situ 
in a warm resin in curing process. Moreovere, shock 
propagation on a rod does not represents what could 
be observed in a plane surface of a thick sample. 
Indeed, edge effects [24] occuring back to the shock 
front are not considered in a column simulation and 
are in reality of a major importance because of the 
decay they can provoke. 

Laser experiments own many advantages, among 
them : accuracy, easiness of monitoring, fastness of 
execution, contactless [25]. Simulations have been 
carried out on a cylindrical sample of a 98 % cured 
resin released at ambiant temperature. A pressure 
pulse define at section 4.1 is applied on the centre of 
the upper face of this vertical cylinder of resin. 
Energy carried by photons is absorbed by the 
material and this last sees its internal energy increase 
suddenly. When the density of power deposited on 
the material is important enough, the target material 
is sublimed, provoking the ejection of a plasma that 
creates a throttle in the material and thus a shock 
wave. Such an irradiation is said in “ablation 
regime”. When the density of power is weaker, the 
material just undergoes heat that results in a thermo-
elastic stress due to dilation. This stress propagates 

as a “elastic shock” in the material. This is the 
“thermo-elastic regime” and this is the situation 
adopted in this work, since the purpose is to provide 
a non destuctive tool. The pressure is applied on a 
circular area of 1.5 mm radius, corresponding to a 
laser focused beam spot, although the shock duration 
has been kept similar to previous experiments and 
does not represent what obtained by a laser 
irradiation. The computed free surface velocity is 
shown on Fig. 13, dark lines, and is different to what 
obtained for the column case in Fig. 12. Although 
the time of flight seems to be coherent, the velocity 
amplitude has become down to 0.25 m/s, that 
requieres a sensitive enough equipment with a 
frequency response of several hundreds of MHz [26]. 

This loss in free surface velocity is explained by 
hydrodynamic effects caused by release waves 
occuring on the edge of the pressure load and 
propagating behind the shock front, towards the axis 
of symmetry. The sound velocity is higher behind 
the shock front, then, these release waves propagate 
faster than the shock itself, catch it and reduce it 
strongly. Once these edge waves cross the axis of 
symmetry, they meet each other and induce a 
traction wave that explain the negative peak of 
velocity follows the first positive peak, at the free 
surface (Fig. 14). 

In order to overcome this limitation, a wider 
pressure loading, on a disk of 3 mm of radius, has 
been considered, which delays the edge effects. The 
resulting free surface velocity is plotted in grey lines 
on Fig. 13. The velocity peak, almost 1 m/s, is much 
more higher, about four times more, than the one 
computed with the radius of 1.5 mm. Although the 
local aspect in non destructive evaluation turns in 
fail-soft mode, the free surface velocity becomes 
observable. 

The pressure fields pictures shown in Fig. 15 are 
taken from the simulation, with a load radius of 1.5 
mm, for a homogeneous sample, at 6, 8, 12, 14, 16 
and 18 µs. 

Red and blue colours respectively point out 
compression and traction. 6 µs after impact, a 
compression wave is propagating towards the free 
surface, followed by a tensile wave provoked by 
edge effects. At 8 µs, waves are reflected against the 
side of the sample. A first area of intensified tensile 
appears at the crossing of this reflection and the 
incident tensile wave. At 12 µs, the reflected waves 
are crossing the axis of propagation, creating another 
area of tensile, that propagates towards the free 
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surface. At 14 µs, both compression and tensile 
waves are reflected against the free surface, 
respectively in tensile and compression waves. 
These waves cross other tensile waves, provoking 
localised tensile areas. 

These tensile tensile stresses could be used for 
testing the toughness of materials and assemblies 
[28]. Obviously, the shock energy can be monitored 
so that the amplitude of the free surface velocity be 
higher and attest the signature of an induced damage. 
Such experiments would help determining the 
damage threshold of the resin. 

 

5. Conclusions 

This preliminar calculations have showed that 
impact simulation, of bars or laser induced shocks, 
could lead to determine the degree of cure of a resin 
relesed at ambiant temperature, by an inverse 
approach. This numercial work is a predictive step 
for dimensionning the experimental setup of non 
destructive experiments that could characterise the 
gradient of properties within the material : 

By a single shot, the response in free surface 
velocity could be compared to the numerical one, 
and thus the average state could be estimated. 
Section 3 showed that the state of the material at 
room temperature could be described by a function 
with one parameter that would be deduced from the 
experiment / simulation comparison.  

By increasing the laser induced shock amplitude, it 
would be possible to determine the damage 
threshold of a thick matrix. 

 

Table 1: Cure kinetics coefficients of the LY556 epoxy 
resin system for the Kamal and Sourour model. 

A1 (s
-1) A2 (s

-1) E1 

(kJ/mol) 
E2 

(kJ/mol) 

1339879.17 21042820.69 69.14 72.62 

m = 1 ; n = 2 

 

 

Table 2: Temperature dependency of diffusion parameter 
b and final degree of conversion αf for the LY556 epoxy 
resin system. 

b αf 

b = 7.1588 E-4.T(°K) – 
2.2816 E-1 

αf = 4.0646 E-3.T(°K) 
– 8.2434 E-1 

 

Table 3. Sets of mechanical parameters used in 
simulations : 

Degree of curing 80 % 98 % 

ρ0 (g/cm3) 1.251 1.254 

E (MPa) 23.13 28.19 

ν 0.432 0.425 

C0 1917 1988 

s 1.47 1.47 

Γ0 0.8 0.8 

Y0 (MPa) 8.08 9.89 

 

 
Fig. 1: Diffusion factor impact on the Kamal and Souror 
autocatalytic model (100°C isothermal curing). 
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Fig. 2 Temperature history during the curing in a 30 
mm thick epoxy; comparison between model and 
thermocouple probes inside of the epoxy matrix (LY556 
epoxy resin, ramp 3°C/min and 100°C plateau).

Fig. 3. Degree of cure gradients predicted wit
thick epoxy matrix during the 3°C/min ramp and 100°C 
plateau. 

Fig. 4. Epoxy matrix sample for a shear test done at 
125°C. The white spot was used for video
shear strain evolution. A plastic strain is observed after 
return at room temperature. 
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story during the curing in a 30 

mm thick epoxy; comparison between model and 
thermocouple probes inside of the epoxy matrix (LY556 
epoxy resin, ramp 3°C/min and 100°C plateau). 

 
. Degree of cure gradients predicted within a 30mm 

thick epoxy matrix during the 3°C/min ramp and 100°C 

 
. Epoxy matrix sample for a shear test done at 

125°C. The white spot was used for video-control of 
shear strain evolution. A plastic strain is observed after 

 

Fig. 5. Local shear stress strain
temperature. 

Fig. 6. Epoxy Elastic shear modulus change with 
temperature. 

Fig. 7. Elastic shear modulus and degree of 
conversion gradients along the axis of the cylinder block 
of epoxy, after cooling down to room temperature
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Fig. 8. Epoxy Elastic shear modulus change with 

temperature. 

 
Fig. 9. Yield shear stress change along the axis of 

the cylinder block of epoxy, after cooling down to room 
temperature. 

 
Fig. 10. Failure shear stress change along the axis of 

the cylinder block of epoxy, after cooling down to room 
temperature. 

 

 

Fig. 11. Pressure loading defintion. 

 
Fig. 12. Material velocity at the free surface computed for 
80 % degree of cure, 98 % degree of cure and 31 layers 
samples at ambiant temperature. 

 
Fig. 13. Shock polars in elastic regime for homogeneous 
epoxy resines respectively cured at 98 % and 80 %, and 
cured expoxy resine with a gradient varying as computed 
in section 3. 
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Cure multiphysic couplings effects on the dynamic behaviour of a thick epoxy 

 

 
Fig. 14. Material velocity at the free surface computed for 
98 % degree of cure and 31 layers samples at ambiant 
temperature. Radius of impact is respectively  1.5 mm in 
dark lines and 3 mm in grey lines. 

 

 
Fig. 15. Hydrodynamic pressure field in the 3 cm thick 
epoxy heterogenous sample after a laser induced shock 
wave in a disk of 3 mm of radius on the top surface, after, 
respectively from top-left to down-right : 6, 8, 12, 14, 16 
and 18 µs. 
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1  Introduction  

Continuous fibre reinforced composites undergo a 

number of different manufacturing processes. Most 

of these processes guide the composite part 

properties and quality. Being a two-phase 

component for the embedding matrix and 

reinforcing fibre, interactions are inevitable both at 

fibre and tow level. Hence, the authors tried to look 

into those interactions at intra- and inter-tow level 

without the matrix – the dry fibre mechanics of the 

assembly. Moreover, in case of woven fabric some 

inevitable physical phenomena are fibre migration 

and fibre entanglement which play a vital role in the 

deformation of the structure affecting the part 

mechanical properties. These phenomena mostly 

take place before resin infusion and thus 

understanding such dry fibre mechanics is a priority 

for deformation and structural integrity of the 

manufactured part. These investigations under 

experimental regime will become a heavy expense, 

thus, paving the way for the numerical models to get 

through. Nevertheless, the computational expense 

also reaches its crux while accounting a number of 

tows in a fabric; each tow consisting of about 

thousands of filaments. Hence, the modeling of 

defomation of fibres (micro-scale), tows (meso) and 

the fabric (macro) under load cannot be dealt with 

ease at every detail because of these issues. Multi-

scale mechanics, a recent promising approach in 

numerical methods entices the researchers from 

various fields to address such research-loopholes or 

limits in a better manner without jeopardizing the 

accuracy.  So, it was not an exception in this case. 

The authors of this paper focused on the multi-scale 

modeling of fibre bundles with a view to improve 

the numerical modeling technique for better 

computational efficiency and fruitfully address the 

deformation mechanics at inter- and intra-tow level. 

The main objective of this study was to develop 

numerical models at different scales so that it can 

account the intra-tow deformations with less 

computational effort and realistic assumptions. The 

following sections detail the modeling strategy at 

fibre and bundle level and how the present model 

simplifies the traditional 3D continuum approach 

and the beam segment approach.  

 

2 Present methodology 

2.1 Past studies  

Researchers [1-2] considered continuum models for 

assembly of fibres, but the fibre count was upto 100 

for massive computational time and effort. Digital 

element simulation also showed a profound 

contribution in this field but was also restricted to 

fibre count. The present research conducted some 

initial studies on fibre assemblies’ up to 63 fibres 

carrying out simple bending analysis, yet, cost 

computational efficiency. Thus, multi-scale 

modeling in 3D for fibre bundle didn’t come out cost 

effective. At this point, it was conceptualized to 

idealize the 3D deformation of fibre bundles into 2D 

analyses while including the deformation 

information due to transverse loading into the 2D 

model which significantly improved the 

computational power. The methodology of this new 

analysis has been discussed in the next section. 

2.2 Methodology 

2.2.1 Experimental study 

A typical T700SC-12000-50C Toray carbon tow 

consists of about 12k filaments with an average 

diameter of 7 µ. In T700SC; T700S denotes a tensile 

strength of 711 ksi or 4.9 GPa and C denotes the 

fibres were never twisted, 12000 is the tow size. 50C 

denotes the sizing features – where 5 represents the 

system compatibility for general purpose epoxy, 
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phenolic, poly ester or vinyl ester resins, 0 denotes 

that surface is treated for better adhesion with resins. 

C denotes the amount of sizing added to the fibres 

for better handling and weaving (= 1.0% of the 

sizing material). The properties of the material are 

acquired from manufacturer’s datasheet and 

literature. 
Compaction tests were carried out on such tows 

investigating the effects of different parameters – 

load (10-50cN in steps of 10cN), twist (0.26, 0.32, 

0.38, 0.43, 0.49, 0.55 turns/cm), tow size (1.5k, 3k, 

6k, 12k). The specimen effective length is 34.5 cm. 

A yarn compaction tester (Fig 1.) was used for the 

purpose that interfaced with LabVIEW to register 

the load corresponding to displacement of the probe 

[ref]. The tester consisted of three distinct regions – 

probe slider/anvil which was a displacement based 

control, sample mouting with one end screwed to a 

micrometer (to apply twist) and other end attached 

to a suspended dead load (for prestressing the 

twisted tow), and a bottom camera to capture the 

lateral spreading of the tow. For the sake of 

simplicity the present article has focused on 

modeling an untwisted tow of 12k fibre filaments 

prestressed with a 50cN load with an intial 

assumption of ideal distribution of voids throughout 

the fibre assembly. The load-displacement plots 

obtained from the experiment are used to compare 

with the numerical model. 

 

 
Fig 1. Yarn compaction tester 

 

 

2.2.2 Numerical modeling  

 

The multi-scale model was developed using a 

commercial FE package called Abaqus. The 

numerical model for a 12k tow was developed in 

different scales because of computational intensity 

and effort. Initial 3D models of 30 fibre assembly 

was built in and meshed with 2240 solid elements 

per fibre. Boundary conditions were specified in the 

form of tension of 0.04 cN load (calculated based on 

50cN for 12k tow) applied to an end of the filaments 

which is simply supported and the other end fixed. 

Two rigid platens were considered with the bottom 

one fixed and the top moving downwards with a 

constant velocity of 0.004 mm/s (same as the anvil 

downward speed in the experiment). The analysis 

was displacement-based and quasi-static. The 

material properties for the computation were 

obtained from literature and manufacturer’s T700 

datasheet. The simulation was found to increase the 

computational cost at a high extent in a quad-core 

processor and 48 GB RAM and was not found 

worthy enough to proceed with 3D multiscale. This 

led the authors to explore the multiscale analysis 

with incorporating the longitudinal behavior (in this 

case, the bending stiffness of the filaments) into 2D 

models assuming maximum compaction at the mid-

cross sectional plane of the specimen.  

The bending of a filament due to transverse loading 

can be assumed to take place in both perpendicular 

longitudinal planes. This bending stiffness is 

analytically estimated for a filament pre-stressed 

with a defined load. This bending stiffness 

information is then included in a beam column 

formulation to get the loading stiffness which, in 

turn, used as stiffness for springs attached to each 

fibre cross-sections at the centroid.  Eq(1) shows the 

calculation of spring stiffness (k) based on beam 

column formula; where E represent fibre 

longitudinal modulus, I the second moment of 

inertia, L the effective length of the beam (fibre 

filament in this case), P the applied load at the end 

and Pcr the critical load to buckle. 

 

48
1

cr

EI P
k

L P

 
  

 
3

                                         Eq.(1) 

Fig 2. shows the diagram of simply supported beam 

pre-stressed (right) and a single fibre cross-section is 

attached to two springs (horizontal and vertical) 

which are grounded.  
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MULTI-SCALE MODELLING OF FIBRE BUNDLES 
 

Fig. 2. 2D section of a fibre filament with springs 

representing the bending stiffness 

 

A two stage model was developed – one with a 

circular assembly of 127 filaments, and other an 

array of 94 bundles (each bundle consisted of 127 

filaments) totaling to approx 12k filaments.  

 

Fibre level modeling 

 

 

The main assumptions for fibre level model were as 

follows: a) The bending stiffness was considered at 

the middle plane of cross-section along the length 

i.e. area under maximum compression, b) The total 

void fraction (in this case, 31%) was preserved from 

fibre (~20%) to bundle level (~10%), c)Uniform 

distribution of void and fibres in a circular 

arrangement, d)Cross-sections were assumed as 

plane strain and transversely isotropic. e) Fibre 

migration, breakage and entanglement were not 

considered in the present study, f) Fibres were 

untwisted and straight.  

The fibre-level model consisted of 127 filaments 

evenly scattered and each filament was attached to 

springs both horizontally and vertically in the plane 

of cross-section. The fibres were meshed with 112 

quadrilateral linear elements with characteristic 

dimension of the element length as 1/20
th
 of the 

diameter of a fibre. The loading rate, being 

0.004mm/s, the analysis was taken as a quasi-static 

process. The interactions was defined as penalty 

contact and the authors have separately carried out 

investigation on friction of carbon tow at different 

angles and tow size which yielded a coefficient of 

friction of 0.4 when the tows are parallel. This 

information was useful to model the interaction 

between the fibres. The friction law used here is 

coulombian type. Fig 3a shows the 127 fibre-

assembly before compaction and Fig 3b after 

compaction. 

 

 

 

 

 
 

 
 

Fig. 3. 127 fibre-assembly a) before 

compaction, and b) after compaction  

 

The reaction at the fixed boundary represented the 

actual load of compression which was then plotted 

against displacement of the top platen. This plot 

shows a gradual rise in the load with a lower 

stiffness as the effective void fraction reduced with 

each increment and then became steep when most of 

the fibres were in contact and the normal pressure at 

the contact points contributed more to the reaction 

load. This second slope was more responsible for the 

compression modulus of the bundle when it reached 

minimum void fraction. Fig. 4 shows the non-linear 

load displacement curve for a 127 fibre-assembly.  
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Fig. 4. Load-displacement response for 127 fibre 

assembly under compaction 

 

Bundle level modeling 

 

The next stage of modeling was at bundle level with 

an assembly of 94 bundles. Since, the cross-section 

of the carbon tow was rectangular, this arrangement 

was made in a rectangular array. The underlying 

assumptions in this level of analysis were as follows: 

a) The spring stiffnesses were again considered at 

the mid plane of maximum compression, b)The 

bundle sections were plain strain and transversely 

isotropic, c)Material information was carried 

forward from the fibre level to the bundle where 

each bundle was a homogenous continuum from a 

discrete fibre-assembly, d) The void fraction was 

preserved and the outer diameter of the bundle 

assembly was equal to the average yarn diameter. 

Special attention was given to the evaluation of the 

properties of a homogenous bundle from a 127 fibre-

assembly. This stage was the discrete-to-continua 

conversion based on equivalence of loading 

response. A 2D plane strain model was developed 

with a single bundle of diameter (92.32 µ) 

equivalent to that of 127 fibre-assembly and 

numerical analysis was carried out on the 

compaction of such a bundle. The model was 

meshed with 182 quadrilateral linear elements. It 

was assumed that the density of the bundle will be 

equivalent to the fibres at all the stage. Now, the two 

required parameters for this analysis were the stress-

strain relation and the poisson’s ratio. As it can be 

observed from Fig 4 the stress-strain behavior was 

hyper-elastic. The stress due to transverse loading 

was obtained from the S22 variable as the loading 

was in 2-direction (Fibre longitudinal – 1 direction 

and in-plane – 2-3 directions). The hyper-elastic 

material models are, in general, provided with strain 

energy potentials that define the stored strain energy 

in the material per unit volume as a function of 

strain at that point of the material. The hyper-elastic 

model is then simplified into multi-linear elastic 

material model with increasing stiffness with strain. 

The load-displacement plot for 127 fibre-assembly 

was compared with the equivalent homogenous 

bundle and a poisson’s ratio of 0.4 was found to 

match well with the fibre level compaction.  The 

analysis was then carried forward with 94 such 

bundles and compaction with a rigid platen from the 

top moving downward with a velocity of 0.004 

mm/s. This final assembly of 94 bundles has a 

thickness of 0.57 mm and span of 1.3 mm where all 

the bundles were ideally spaced. Each of 94 bundles 

was meshed with 182 quadrilateral linear elements. 

Fig 5 shows how the material model has been 

linearized into two slopes. The nominal strain 

obtained from the MATLAB code was then 

modified accordingly to true (logarithmic) strain so 

that it can be implement in the ABAQUS material 

model through a user subroutine coded in 

FORTRAN. 

 

 
Fig 5. Tri-linearization of material model for the 

bundle level 

 

A subroutine UMAT was written that took care of 

the elastic modulus for two different strain ranges 

and was incorporated in ABAQUS input file. The 

rectangular arrangement of 94 bundles has been 

shown in the Fig 6 (a) before compaction and Fig 6 

(b) after compaction. 
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Fig 6. 94 bundle assembly (a) before and (b) after 

compaction 

2.3 Results and discussion  

The load displacement plots were obtained from 94 

bundle assembly and compared with the 127 fibre 

model and with experiments. All these plots were 

needed to be normalized as reaction load per 

filament to a normalized displacement of the anvil. 

These resulted in a promising comparison, yet, as 

twist was not included in the model so the higher 

values of experimental response were not met (Fig. 

7) 

 

Fig. 7. Comparison of load-displacement between 

fibre level and bundle level with experiments 

At the fibre level further numerical analyses were 

carried out on higher bundle sizes to capture the size 

effect on the load-displacement response. The ideal 

distribution of fibres assumed in the numerical 

analysis reflects the intra-tow fibre distribution as 

coming out of the spinneret during tow 

manufacturing. This tow is then stretched and 

wound around the bobbins at different stages and 

further compaction is carried out at the composite 

processing techniques. All these steps of intermittent 

compaction of the tow were captured in the 

following numerical model thus justifies its 

versatility.  

 

2.4 Conclusion  

 

The present numerical model shows a novel 

approach of predicting the deformation of yarns 

(here called as tows) with a multi-scale approach – 

that has significantly improved the computational 

power. Similar studies have been done for 3D 

straight fibre filaments meshed with beam elements 

which are to be compared with the realistic tow 

deformation behavior. A Matlab script is written that 

generates the Abaqus input file for user-defined 

number of filaments. Further studies are yet to be 

conducted on twisted tows with fibre migration 

taken into account and the node/element information 

thus generated can then be incorporated into the 

Matlab file. Thus the predictability of tow 

deformation at various stages of compaction in the 

composites manufacturing and processing 

techniques were addressed in this research. 
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1 Introduction 
The mechanical high temperature properties of 
commercial aluminum alloys are limited mainly due 
to their low melting temperatures and the related 
thermo-dynamical restrictions. Therefore the deve-
lopment of improved aluminum materials with high 
strength at elevated temperatures and sufficient duc-
tility is still a big challenge for future energy saving 
applications especially for transport facilities. 

Up to now there have been many scientific 
and technical attempts to overcome the thermo-
dynamic restrictions like coarsening and dissolution 
of precipitates that appear in developing commercial 
temperature resistant aluminum alloys. One of them 
is the dispersion of ceramic particles into the metal-
lic matrix. The dispersed particles must be stable in 
the target temperature range and they must stick in 
the metallic matrix.  

Strength and hardness of metal-matrix-
composites (MMCs) increase for homogenously dis-
tributed and non sliceable particles with their mean 
distance due to the well known Orowan-process. 
This means that particles must be as small and as 
homogenously distributed as possible in order to 
achieve maximum strength with a given volume 
fraction of particles. These particle strengthening 
fundamentals control the possible maximum in-
crease of strength with dispersed particles. They are 
scientifically well investigated [1] and up to now 
many attempts have been undertaken to realize the 
necessary preparation conditions of according com-
posites. Because nowadays a large variety of ultra-
fine or even nano-scale ceramic powders is available 
the homogenous distribution of the ceramic particles 
is the main task that has to be solved.  

For the present investigation, a powder metal-
lurgical (PM) route using co ball milling of nano-
scale ceramic and micro-scale aluminum (Al) pow-
ders was used to decrease the mean particle distance 
of ceramic dispersoids resulting in creep resistant Al 
MMCs with low particle volume fraction.   

 
 

 

2 Experimental  

2.1 Sample preparation  
 

Al-matrix-composites containing nano-scale alumina 
(Al2O3) and/or boron nitrite (BN) dispersoids were 

prepared by a PM route. Secondary powder suitable 

for further processing was produced by ball milling 

of water atomized Al powder (25 µm and 45 µm 

mean diameter, TLS Technik Spezialpulver, Bitter-

feld, Germany) with various additions of the smaller 

hexagonal BN powders (500 nm mean diameter, 

Henze BNP GmbH, Kempten, Germany) and release 

agent zinc stearate (Baerlocher GmbH, Unter-

schleissheim, Germany) in a planetary ball mill un-

der air atmosphere. 
Ball milling was done in corundum-coated 

steel milling cylinders, 8 mm height and 10 mm di-
ameter with 13 mm mean diameter corundum balls 
and various powder to ball mass ratios. Moreover 
the milling was done successively in three stages: In 
the first one with 120 Hz rotation frequency and 2 h 
duration the different primary powders were mainly 
homogenously mixed. This means that the smaller 
BN particles are homogenously dispersed over the 
surface of the bigger aluminum particles without 
plastic deformation.  

In the second stage with 180 - 200 Hz rota-

tion frequency and 2h duration the Al particles are 

plastically deformed and forged to bigger agglomer-

ates wherein already some ceramic particles are dis-

persed. Due to this cold working and the increasing 

amount of ceramic particles these agglomerates re-

peatedly break apart and the BN- and or Al2O3-

particles enter into the surface regions of the plas-

tically deformed agglomerates. Different to the BN-

particles the Al2O3-particles come from the oxide 

surface layers of the aluminium powder particles and 

the oxidized Al in the closed milling cup during 

milling. The volume fraction of Al2O3 for all ball 

milled materials is estimated to be about 0.9 vol. %. 
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In the third milling stage with 140 Hz rota-

tion frequency and 2 h duration very big agglomer-

ates are broken. This leads to a non-agglomerated 

secondary MMC-powder with flake like particles of 

about 20 µm diameter and 5 µm thickness that can 

be consolidated by hot extrusion. Because of this 

production process some alumina dispersoids are 

always present in the produced material which con-

tent can be controlled by the milling parameters. 

The contents of the various dispersoids and the 

varied milling parameters are given in tab. 1. 
The ball milled (secondary MMC) powder 

was filled into Al capsules of 67 mm diameter, 
2 mm wall thickness and about 250 mm height and 
multistage cold pre-pressed with maximum pressure 
of 65 MPa. Then they were hot extruded to rods of 
12 mm diameter (3.4 extrusion ratio) at 350°C and 
an extrusion velocity of 2 mm/s after preheating for 
3 h at the same temperature [2, 3] 
 
2.2 Material characterization methods 

 
Samples for tensile testing with 5 mm diameter and 
56 mm active length were machined out of the hot 
extruded rods. Tensile testing was carried out at 
room temperature in an Instron 5582 universal me-
chanical testing machine. 
 Density measurements were performed on cy-
lindrical samples 10 mm long which were machined 
to 8 mm diameter out of pieces cut from the extrud-
ed rods. Density was calculated from the samples 
weight in air and water using Archimedes´ principle. 
The porosity of the samples was determined as the 
relative difference between the measured and the 
theoretical density. 
 Micro hardness measurements were performed 
using fully automatic micro hardness tester (Q10A, 
Quess GmbH, Golling, Austria). Test method and 
load application were Vickers HV0.05, DIN EN ISO 
6507, with load time of 10 s. 

Thermal conductivity was estimated from 

measurements of thermal diffusivity multiplied with 

specific heat capacity and density values [7, 8]. Dif-

fusivity was measured with a laser flash method us-

ing Netzsch Microflash LFA 457 (Netzsch, Selb, 

Germany). The samples used for this measurement 

were 10 mm in diameter and 1 mm in thickness.  
 Samples for damping measurements, 2 mm 
thick, 10 mm wide, and 80 mm long with cylindrical 
strengthening of 10 mm diameter and 30 mm length 
at one side were machined out of the rods too. Strain 
amplitude dependent damping was determined by 
measuring the logarithmic decrement of freely de-
caying bending vibrations of the samples clamped at 
the strengthened end by the decaying amplitude of 

vibration. For this the specimens were excited into 
resonance of the first fundamental bending frequen-
cy by a permanent magnet fixed at the free end of 
the bending beam and a sinusoidal alternating mag-
netic field. The resonant frequency of the vibrating 
arrangement ranged from about 30 to 40 Hz. Exper-
imental details concerning damping measurements 
are explained in more detail in [2].  
 
 

3 Results and discussion 

Stress-strain-diagrams of the tensile tests at room 

temperature for hot extruded samples produced from 

Al powder, ball milled Al powder without additions, 

and ball milled Al powder with additions of 0.03 

vol. % BN particles to Al powder, are shown in Fig. 

1. It can be observed that ball milling with BN pow-

der additions leads to a drastic increase of mainly the 

ductility of the material for both, hot extruded and 

heat treated material compared to samples without 

BN. Yield strength can be observed to be increased 

by BN too. The heat treatment for two hours at 

450°C, which is 100°C above the hot extrusion tem-

perature, causes a decrease of the yield tensile 

strength as well as an increase of the plasticity. This 

can be attributed to further recrystallization after 

incomplete dynamic recrystallization during hot ex-

trusion. The lower ductility of the samples prepared 

from ball milled Al powder compared to equally 

treated samples from not milled powder is reasona-

ble and can be attributed to high density of consoli-

dation defects like coarse Al2O3 particles, agglomer-

ates, and pores that originate during milling. 

If only a small content of 0.03 vol. % BN is 

dispersed in MMC the, the situation considerably 

changes and materials show higher strength, higher 

ductility and negligible recrystallization after 2h heat 

treatment at 450°C. The reason for all this is not re-

ally clear and may be due caused by a better consol-

idation during hot extrusion due to easily sliceable 

BN particles. Another reason can be simply disper-

sion hardening due to dispersion with BN and/or 

Al2O3 particles. The very small difference between 

the tensile curves shown in Fig. 1c indicates effec-

tive suppression of recrystallization caused by the 

dispersed particles. 

In Fig. 2 the results of the tensile tests for 

samples produced with different milling intensities 

(4:1 and 1:1 ball to powder ratios (BPR)) and differ-

ent BN volume fractions ( a) 0.3 vol. %, b) 0.8 vol. 

% BN) with and without heat treatment are com-

pared. In all cases the ductility increases with in-

creasing BN content. Further increases the tensile 
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strength with increasing milling intensity, while the 

development of the ductility is not uniform in all 

cases.  

In Tab. 2 the mechanical properties evaluat-

ed from Fig. 1 and Fig. 2 are given. It is interesting 

to realize, that samples with 0.3 vol. % BN show a 

higher increase in strength if the corresponding sec-

ondary powder was milled with 4:1 BPR compared 

to 1:1 BPR which leads only to the half increase in 

strength. Moreover, a higher content of BN particles 

does not lead to such a high strength even if a mill-

ing intensity of 4:1 BPR is used. This clearly indi-

cates that the milling parameters are much more im-

portant for the strength increase than the BN content. 

This behavior is consistent with the Orowan theory 

that dislocations circumvent small particles instead 

of cutting them. In this case the strengthening by 

particles mainly depends on the free distance be-

tween the dispersoids L like 

 

∆τp = α(Gb/L)  (1)    

 

where G is shear modulus of the dislocations glide 

system of the, b is the length of the burgers vector 

and α is a proportional factor depending on the ar-

rangement of dislocations. Equation 1 gives the 

maximum strength for with similar inter particle dis-

tances. For these dispersoids, acting as non-sliceable 

obstacles particles must be homogeneously distrib-

uted. Due to geometrical reasons the free distance 

between dispersoids is connected with its diameter d 

and volume fraction f. The following equation holds 

for small (about less than 10 vol. %) particle volume 

fractions. 

 

L ≈ d/√f             (2) 

 

and therefore the maximum expectable strength   

increase by dispersed particles is about 

 

∆τp ≈  αGb(√f/d)   (3) 

     

Assuming the volume fraction of dispersoids is 1 %, 

and α ≈ 1, a simple estimation with equation (3) 

leads to a stress increase in the order of 50-100 MPa 

if the particle´s diameter is assumed to be about 100 

nm. This shows, that the responsible particles for 

dispersion strengthening (Al2O3 and/or BN) must be 

very small, nearly homogenously distributed, and 

the material with 0.3 vol % BN is nearly optimum 

strengthened. This also implies that the primary par-

ticles in the hardly milled material have been seri-

ously grinded down during ball milling. 

 For 0.3 vol. % BN and for 0.8 vol. % BN 

additions the heat treatment (450°C, 2 h) does not 

change the tensile yield strength. This indicates that 

other strengthening mechanisms like grain hardening 

or cold working don’t play a role in the improve-

ment of strength. The decrease of the ductility of 

most specimens is not fully understood up to now. 

This may be due to debinding of dispersoids from 

the aluminum matrix but also individual macroscop-

ic differences between the single samples may play a 

role. 

The thermal conductivity of aluminum is 

isotropic. Literature gives a value of 280 Wm
-
¹K

-
¹ 

for Al 99,8 [5]. The thermal conductivity of BN is 

strongly anisotropic. It ranges from 2 Wm
-1

K
-1 

in the 

basal plane to 400 Wm
-1

K
-1

perpendicular to it [6]. 

Due to this strong anisotropy and the unknown tex-

ture of our tests materials, the thermal conductivities 

(Fig. 3) of the resulting composites can not be calcu-

lated in a reasonable way. Moreover the changes of 

the thermal conductivity with the BN volume frac-

tion in the investigated range are small as can be 

expected by the uniformly small contents. Neverthe-

less the decrease of the thermal conductivity with 

the BN volume fraction is not monotonous. This 

finding must be attributed to contrary effects of 

changing texture and/or consolidation success with 

BN content. Up to now these effects could not be 

separated by density measurements because the den-

sities of BN (2.25 g/cm
3
) and Al (2.70 g/cm

3
) are too 

similar and the BN content was too low. The meas-

ured densities of the investigated samples ranged in 

the very small interval from 2.69 to 2.70 g/cm
3
.  

Strain amplitude dependent damping meas-

urements displayed in Fig. 4 show typical disloca-

tion damping behavior. With increasing strain ampli-

tude the damping increases too in a manner similar 

to results first fully explained by the theory of Gran-

ato and Lücke (GL) [9, 10]. The measurements con-

firm the results found for the mechanical properties. 

Dislocation damping is highest for the samples 

which were hot extruded from unmilled Al powder. 

Also the ageing of damping is much higher com-

pared to material hot extruded from powder co 

milled (4:1 BPR) with 0.3 vol. % BN. Small devia-

tions from GL behavior can be observed in the 

course of the damping versus strain amplitude 

curves. The knee in Fig. 4b) may be due to addition-

al damping mechanisms due to the dispersed BN 

and/or Al2O3 particles. 
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4 Conclusion 

 

The experiments show that the milling parameters 

are crucial for the mechanical properties of the Al-

BN-Al2O3 composite. With intensity of milling the 

tensile strength increases much more than with vol-

ume fraction of BN. This strong increase can be ex-

plained by the Orowan mechanism. For special pa-

rameters it could be estimated that the Orowan pro-

cess could be nearly totally utilized. The most effec-

tive dispersoids, BN or Al2O3, could not definitely 

be identified in this contribution but the BN content 

is important at least for the dispersion process during 

intensive ball milling. A previous publication [4] 

favours BN to be the most effective one. 

The intensities of damping as well as the 

ageing results of damping confirm the dislocations 

to be pinned by BN and/or Al2O3 particles. 
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Tab. 1. Dispersoid content in Al-Matrix and ball to powder  

mass ratio of the investigated samples.  Al2O3 content of 

all samples is estimated to be 0.9 vol. %. 

Name of sample 
Ratio 

ball : powder 

BN particles in Al-

Matrix in vol.% 

Al - - 

Al-1 1:1 0.00 

0.03BN-1 1:1 0.03 

0.3BN-1 1:1 0.30 

0.8BN-1 1:1 0.80 

0.3BN-4 4:1 0.30 

0.8BN-4 4:1 0.80 

 

 

 

  

 
Fig. 1. Tensile tests performed at room temperature with 3.3x10

-4
 min

-1
 strain rate for hot extruded samples of a) Al, b) Al 

ball milled, and c) 0.03BN-1, Al with 0.03 vol. % BN ball milled. For b) and c) ball milling was done with ball to powder 

ratio 1:1.  Black curves – as hot extruded, red curves – heat treated 2h at 450°C. 
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Tab. 2.  Mechanical properties at room temperature  

obtained  from the tensile tests shown in Figs. 1 and 2 

Name of sample 

Mechanical property in MPa 

σp0,2 
σp0,2 

2h 450°C 
σm 

σm 

2h 450°C 

Al-1 88 87 130 125 

0.03BN-1 98 91 135 140 

0.8BN-1 96 86 145 155 

0.3BN-4 246 216 266 285 

0.8BN-4 80 70 150 210 
 

Tab. 3. Vickers Hardness of investigated samples  

Name of sample 

HV0.05 

after hot 

extrusion 
after 2h at 450°C 

Al -1 33 35 

0.03BN-1 35 37 

0.3BN-4 71 - 

0.8BN-1 38 40 

0.8BN-4 48 - 

 
 
 

 
Fig. 2. Tensile tests at room temperature performed with a strain rate of 3.3x10

-4
 min

-1
 for milled powders with ball to 

powder of ratio 1:1, black curves – as hot extruded, red curves – heat treated 2h at 450°C or 4:1,  blue curves – as hot ex-

truded, violet curves – heat treated 2h at 450°C and hot extruded at 350°C a) 0.3BN-1 and 0.3BN-4, Al with 0.3 vol.% BN, 

b) 0.8BN-1 and 0.8BN-4, Al with 0.8 vol.% BN 
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Fig. 3. Temperature dependence of thermal conductivity 

of powders hot extruded at 350°C. Not milled Al powder 

(closed symbol). Ball milled powder with ball to powder  

ratio 1:1 and 0.03, 0.3, 0.8 vol.% BN (open symbols).  

Blue symbol (closed circles): Literature values of Al [5] 

 

 

 

 
Fig. 4. Damping as log. decrement of freely decaying bending beam vibration versus maximum strain amplitude in bending 

beam in log. scale of samples a) Al, b) 0.3BN-4, Al with 0.3 vol. % BN. Closed black squares – hot extruded at 350°C, 

closed red circles – heat treated at 350°C 1h, open triangles on bottom – aged for 1d at RT, open triangles on top - aged for 

a) 3d and b) 7d,  at RT 
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Abstract 

Many thermo-mechanical properties of fiber-reinforced epoxy composites strongly depend on the conditions at 
the fiber/matrix interface. Because it is difficult to experimentally characterize the interface region, 
computational molecular modeling is a necessary tool for understanding the influence of interfacial molecular 
structure on bulk-level properties. The objective of this study is to determine the effect of crosslink density on 
the conditions of the interface region in graphite/epoxy composites. Molecular Dynamics models are developed 
for the fiber/matrix interfacial region of graphite/EPON 862 composites for a wide range of crosslink densities. 
The mass density, residual stresses, and molecular potential energy are determined in the epoxy polymer in the 
immediate vicinity of a graphite fiber. It is determined that a surface region exists in the epoxy in which the 
mass density is different than that of the bulk mass density. The effective surface thickness of the epoxy is about 
10Å, irrespective of the crosslink density. A high-resolution TEM image is obtained for the interfacial region of 
carbon nanofiber/EPON 862 composites which clearly shows that the interface region thickness is about 10 Å, 
thus validating the molecular modeling technique. The simulations also predict residual stress levels in the 
surface region of the epoxy that are slightly higher than in the bulk, yet far below the ultimate load for the epoxy 
system considered herein. Furthermore, the simulations predict elevated levels of molecular potential energy in 
the interface region relative to the bulk epoxy, with the magnitude of energy decreasing for increasing crosslink 
densities. 

KEYWORDS: A. Carbon fibres; B. Polymer-matrix composites (PMCs); B. Interface; B. Interphase; 
C. Modelling 

 

1. Introduction 
Graphite/epoxy composites are the prime 
components of many modern aircraft structures.  
These materials are lightweight and exhibit 
exceptional mechanical properties relative to their 
bulk mass density. The bulk-level mechanical 
properties of composites depend directly on the 
mechanical properties of the fiber and matrix and 
the physical and chemical conditions of the 
fiber/matrix interface. Strong adhesion between the 
fiber and matrix phases leads to improved load 
transfer from the matrix to the fibers which results 

in greater composite stiffness and strength, but 
lower toughness because of the absence of crack 
deflection mechanisms at the interface.  In contrast, 
a weak fiber/matrix interface will provide lower 
composite strength with higher toughness [1, 2]. 
Because it is difficult to characterize the physical 
and chemical state of the fiber/matrix interface with 
experimental techniques, computational molecular 
simulation techniques are necessary to design and 
develop tailored composite materials with desirable 
performance characteristics. 
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Many researchers have modeled pure 
thermosetting polymer systems using molecular 
dynamics (MD) techniques [3-6]. There has also 
been extensive research performed on the MD 
modeling of thermoset polymers containing 
nanotubes [7-11], nanofibers [12], and 
nanoparticles [13, 14]. Stevens [15] used a course-
grained model to simulate interfacial fracture 
between a highly crosslinked polymer network and 
a solid surface. Mansfield and Theodorou [16] 
investigated the interface between graphite and a 
glassy polymer and determined that a 10 Å thick 
interfacial region existed in the polymer that was 
structurally different from that of the bulk polymer.  
Recently, Chunyu Li et al. [17] used MD 
simulations to observe the interface of a crosslinked 
thermoset polymer in the presence of a graphite 
surface.  Although these studies have provided 
valuable information regarding the physical nature 
of the interfacial region in composites materials, 
they have not addressed the influence of crosslink 
density on the molecular structure of graphite/epoxy 
composite interfaces. 

The purpose of this study was to determine the 
effect of crosslink density on the molecular 
structure of the fiber/matrix in a graphite/epoxy 
(EPON 862/DETDA) composite material. MD 
models were constructed for a wide range of 
crosslink densities and the molecular structure of 
the interface corresponding to each crosslink 
density was determined. The simulations predicted 
a polymer molecular structure at the interface that is 
different than that of the bulk polymer and is 
dependent on the crosslink density. The simulations 
were validated using TEM images of carbon 
nanofiber/epoxy composites that showed a similar 
molecular structure at the interface. The simulations 
were further used to predict the stresses and 
molecular potential energies in the interfacial 
region. 
 
 

2. Molecular Modeling 
 
This section describes the procedure for 
establishing the molecular model for the crosslinked 
epoxy/graphite interfaces. The procedure for 
establishing an equilibrated MD model of the 
uncrosslinked polymer/graphite interface is first 
detailed, followed by a description of the simulated 
crosslinking procedure. The LAMMPS (Large 
Scale Atomic/Molecular Massively Parallel 
Simulator) software package [18] was used for all 
of the Molecular Minimization(MM) and MD 
simulations described herein. 
 
2.1 EPON 862-DETDA uncrosslinked structure 
 
The initial uncrosslinked polymer molecular 
structure was established using a procedure similar 
to that of Bandyopadhyay et al. [3], consisting of 
the EPON 862 monomer and the DETDA hardener 
shown in Figure 1. A stoichiometric mixture of 2 
molecules of EPON 862 and 1 molecule of DETDA 
was placed in a 10 x 10 x 10 Å MD simulation box 
with periodic boundary conditions. The initial 
atomic coordinates file was written in the native 
LAMMPS format and the OPLS (Optimized 
Potential for Liquid Simulations) United Atom 
force field developed by Jorgensen and co-workers 
[19,20] was used for defining the bond, angle, and 
dihedral parameters. The OPLS United Atom force 
field calculates the total energy of the molecular 
system by summing all of the individual energies 
derived from bond, angle, dihedral, and 12-6 
Lennard-Jones interactions. The equilibrium 
spacing parameter σ of the Lennard-Jones potential 
was taken to be the arithmetic mean of the 
individual parameters of the respective atom types, 
while the well-depth parameter ε was taken to be 
the geometric mean of the values for the respective 
atom types. The non-bonded van der Waals 
interactions were modeled with an interaction cutoff 
radius of 10Å. This particular force field allows for 
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modeling of CH3, CH2, CH, and alkyl groups as 
single united atoms with their corresponding 
masses. The described polymer model utilizes 
united atom structures for all applicable groups, 
except for the C and H atoms in the phenyl rings for 
both monomer and hardener molecules along with 
one CH3 group directly connected to the phenyl ring 
of the DETDA molecule. Thus, the use of united 
atoms reduced the modeled 2:1 structure from 117 
atoms to 83 atoms. The location of each united 
atom is shown in Figure 1, with 31 total atoms in 
the molecule of EPON 862 and 21 in the molecule 
of DETDA. 

The 2:1 molecular model was subjected to four 
MM minimizations and three MD simulations. This 
process minimized internal forces and thus reduced 
internal residual stresses which were created from 
the initial construction of bonds, bond angles, and 
bond dihedrals. After the structure stabilized to a 
relatively low energy value, the initial 2:1 
stoichiometric structure was replicated, and the 
replicated models were randomly rotated and then 
translated along the x, y, and z axes and combined 
into a much larger structure containing 15,936 total 
united atoms.  The resulting system consisted of 
many randomly oriented clusters of the small 2:1 
ratio cluster stacked loosely together in a manner 
much like that of a simple cubic crystal structure.  
The newly created low-density structure had EPON 
862:DETDA ratio of  394:192 with a box size of 64 
x 66 x 115 Å. This larger model was then allowed 
to equilibrate into a uniform low-density liquid 
using a slow relaxation procedure performed over a 
cycle of 6 MM and 3 MD simulations. All MD 
simulations were conducted with the NVT (constant 
volume and temperature) ensemble for 100ps at 
300K.  A Nose/Hoover thermostat and barostat was 
implemented for temperature and pressure control, 
respectively [21]. The initial box size produced a 
polymer density approximately equal to half of a 
fully cured solid EPON 862 epoxy (0.53 g/cc).  
 

2.2 Graphite surface structure 
 
The simulated graphite surface was constructed 
from 3 sheets of stacked graphene, each sheet 
containing 1,728 carbon atoms for a total of 5,184 
atoms. The graphene sheets were oriented along the 
x-y plane, with periodic boundary conditions in the 
x and y-direction, and had an interlayer spacing of 
3.35Å.  Sheets were initially planar and contained 
no terminal hydrogens, surface imperfections, nor 
surface treatments. The graphite structures were 
relaxed using a series of MM and MD simulations, 
similar to that described above for the polymer 
structure.  This initial equilibration step was 
performed without the presence of the polymer 
molecules. While equilibrating the graphite, the z-
direction box coordinate was chosen to implement 
interlayer spacing for periodic boundary conditions. 
Thus the top surface was influenced by the bottom 
surface and visa-versa, representing many layers of 
bulk graphite. Initial and relaxed graphite structures 
are shown in Figure 2. Upon relaxation, the graphite 
structure was positioned to line up with the 64 x 66 
Å dimension of the polymer structure. 
 
2.3 Combining and condensing liquid polymer 
and graphite structures 
 
It has been demonstrated that the molecular 
structure of a polymer matrix material near the 
interface of a reinforcing fiber is different than that 
in a pure bulk resin [16]. For this step in the 
procedure it was desired to simulate the non-
crosslinked, low-density epoxy liquid resin in a 
parallelepiped simulation box surrounded on one 
side by the graphite structure, on the opposite side 
by the bulk epoxy resin, and on the remaining four 
sides by replicate images of the low-density liquid 
resin. This is shown on the left side of Figure 3 
where the simulated polymer (labeled as 
“polymer”) is situated above the graphite molecules 
along the z-axis and below a bulk polymer 

ICCM19 4922



4 

 

molecular structure. While the graphite and low-
density polymer structures were established as 
described above, the bulk polymer structure is a 
fully crosslinked model of 76% crosslinked EPON 
862/DETDA resin with a bulk density of 1.2 g/cc 
and 17,928 united atoms that was obtained 
previously [3]. Periodic boundary conditions were 
assumed along the x- and y-axes. Therefore, the 
molecular model effectively simulated an infinitely 
large, flat interface. Although fiber surfaces are 
round, the radius of curvature at the molecular level 
is large enough to effectively model it as a flat 
surface. An initial gap of 3.35 Å (interlayer spacing 
of graphite) was placed between the graphite and 
polymer. The entire molecular model was 
equilibrated using two MM simulations and one 10 
ps MD simulation.  The entire model contained a 
total of 39,048 united atoms.  

Following this initial equilibration step, the 
atoms of the bulk polymer and the graphite sheets 
were fixed and only non-bonded interactions 
between them and the polymer were considered for 
the remaining simulation processes. This step was 
performed to reduce computation time and to focus 
the simulations on the influence of the presence of 
the graphite sheet on the adjacent polymer 
molecular structure.  

During the next step of establishing the 
composite interface molecular model, the simulated 
polymer molecules were condensed. The non-
bonded van der Waals parameters were initially 
scaled down to prevent large increases in the energy 
of the system.  In order to reach the appropriate 
polymer density, the atoms of the bulk polymer 
were displaced in small incremental amounts using 
the following equation, 

( )new current current bottom
i i iz z S z z= − −

 
 where new

iz  is the new z-coordinate for polymer 

atom i, current
iz is the current z-coordinate of 

polymer atom i, bottomz is the lower-most polymer 
atom z-coordinate, and S is a scaling factor for the 

amount of displacement desired. For this study, S 
varied between 0.02 and 0.05, becoming smaller as 
the non-bonded van der Waals parameters were 
gradually scaled up again. Under this constraint, the 
polymer atom with the lowest z-coordinate value 
(nearest to the graphite) was not displaced and the 
polymer atom with the highest z-coordinate (nearest 
to the bulk polymer) was displaced the most for 
each incremental step.  The bulk polymer molecules 
were uniformly displaced the exact amount as the 
polymer atom with the highest z-coordinate, 
thereby continually condensing the polymer atoms. 
Each displacement was followed by a MM 
minimization and a 50ps MD simulation, followed 
lastly by another MM minimization.  If a particular 
displacement step resulted in total energy values 
that were relatively high, the previous equilibration 
step was repeated before further condensation steps 
were taken. This process continued until achieving 
a polymer density of 1.16g/cc, totaling over 1 ns of 
MD simulation time. The resulting molecular model 
is shown on the right side of Figure 3. 
 
2.4 Crosslinking procedure 
 
The equilibrated model was crosslinked based on 
the root mean square (RMS) distance between the 
CH2 groups of the EPON 862 and the N atoms of 
DETDA molecules, similar to the method used by 
Yarovsky and Evans [22] and Bandyopadhyay et al. 
[3]. The modeled crosslinking reaction process is 
shown in Figure 4. Simultaneous breaking of the 
CH2-O bonds in the epoxide ends of the EPON 862 
molecules and N-H bonds of the DETDA molecules 
enable the activated CH2 ends available to form 
crosslinks with activated N atoms of the DETDA 
molecules. A particular activated N can form a 
crosslink with the activated CH2 for any adjacent 
EPON 862 molecule within a specified cut-off 
distance. Three assumptions were made for the 
crosslinking process: 
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1) Both primary amines in DETDA were assumed 
to have the same reactivity 
2) The CH2-O and N-H bonds were broken 
simultaneously (Figure 4 A) 
3) The newly formed CH2-N and O-H bonds were 
created simultaneously (Figure 4 B) 

A flow chart describing the modeled crosslink 
reaction procedure is shown in Figure 5. After 
selecting an RMS cut-off distance, which affects the 
ultimate crosslink density of the MD model, and 
equilibrating the model; the RMS distances were 
determined between each pair of N atoms and CH2 
united atoms within a specified cut-off distance. If 
multiple pairs (for a particular N or CH2) were 
found within the cut-off, the closest pair was chosen 
for the crosslink reaction.  Pairs outside the cut-off 
were not considered. The covalent bonds 
corresponding to these crosslink reactions were 
inserted into the MD model. The next step of the 
process was to identify and form the appropriate 
secondary bonds between the H atoms from the 
broken NH2 groups and the O- atoms of the epoxide 
ends. This bond was formed based on the closest 
RMS distances between the O- and H+ atoms. 
Because the newly formed bonds were capable of 
forming at distances greater than that of 
equilibrium, a multistep bond relaxation process 
was implemented (as shown in Figure 5) to avoid 
excessively high energies within the system.  NVT 
simulations were implemented in the algorithm to 
achieve equilibration via pressure fluctuations. NPT 
simulations could not be used for this purpose 
because the necessary volume fluctuations were not 
compatible with the fixed positions of the carbon 
atoms in the graphene sheets.  

A total of six molecular systems were 
established, each having a unique crosslink density. 
The crosslink density was defined as the ratio of the 
total number of crosslinks that were formed to the 
maximum number of crosslinks that could be 
formed. For example, an epoxy network having 10 
out of 20 crosslinks would have a crosslink density 
of 50%. The chosen crosslink densities were 57%, 

65%, 70%, 75%, 80%, and 85%. The cut-off 
distances that were required to establish these 
specific crosslink densities ranged between 3.5 Å 
and 5 Å for the lowest and highest crosslink 
densities, respectively. These six unique systems 
were established using the procedure outlined in 
Figure 5 until the desired crosslink density was 
achieved. After crosslinking to the desired density, 
each structure was allowed to equilibrate using 3 
MM minimizations and 2 MD simulations of 1 
nanosecond. The mass density of formed crosslink 
atoms (C-N and O-H) as a function of the z-axis can 
be seen in Figure 6, where the origin of the z-axis 
lies in the center of the top graphene sheet, as 
shown in Figure 3. It is important to note that the 
mass density of the crosslinks shown in Figure 6 are 
the mass densities associated with the crosslinking 
atoms. The figure shows good dispersion of 
crosslinks throughout the polymer structure with 
unique profiles for each crosslink density. 
Therefore, the crosslink distributions are relatively 
uniform and independent of crosslink density. 
 
3. Experimental validation 
 
Because the predictions of the models need to be 
accurate and reliable, a sample of a carbon/epoxy 
composite was fabricated and analyzed using 
transmission electron microscopy (TEM) for model 
validation. The sample was established using a 
method discussed elsewhere [23] for an open-ended 
carbon nanofiber (PR-19-XT-HHT) reinforcing a 
crosslinked EPON 862/DETDA matrix. The image 
shown in Figure 7 was taken with a JEOL 
ARM20cF TEM and shows a portion of the open-
ended nanofiber in the epoxy matrix. The cured 
bulk epoxy matrix is amorphous; however, a 
distinguishing band of structured interfacial phase 
can be seen on the surface of the nanofiber, as 
indicated in the figure. Although the thickness of 
this interface appears to vary in the image, the 
magnitude of the thickness is around 10 Å. This 
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result will be discussed below in the context of 
model validation. 
 
4. Results and Discussion 
 
After the models were equilibrated, they were used 
to examine the effects of crosslink density on the 
overall polymer mass density at the polymer-
graphite interface, the internal stress concentrations 
in the polymer at the interface, and the different 
potential energy components in the polymer. When 
examining some of the figures described below, it is 
important to note an important point regarding the 
calculation of mass densities on the molecular level. 
The traditional use of the term ‘mass density’ is on 
the continuum level, where the corresponding value 
reflects the local average mass of a continuous 
sample of volume and is usually a smooth, nearly 
constant value over the spatial domain of the 
volume. However, on the molecular level, the mass 
density is a strong function of spatial location in a 
molecular structure, and is thus not a constant value 
over the spatial domain. Therefore, the mass 
densities observed on the molecular level cannot be 
expected to match those on the continuum level. 
 
4.1 Polymer Mass Density Characteristics 
 
Mass densities were computed using the “fix/ave” 
spatial command in LAMMPS [18], which sums the 
per-atom densities and averages them for slices of a 
specified thickness along a specified axis.  A slice 
thickness of 0.2 Å stacking along the z-axis was 
chosen to observe the structural change moving 
away from graphite surface oriented in the x-y 
plane. Figure 8 shows the overall mass density 
profile for the three graphite sheets and polymer 
molecules at the interface. The finite width of the 
graphite sheet peaks is due to their slightly non-
planar shape (Figure 2).  The mass density of the 
polymer near the surface differs from that in the 
bulk with a profile similar to those reported for 

polymer systems with graphite [12, 17], carbon 
nanotube [10] and nanoparticle [13, 14] 
reinforcement.  Common interfacial characteristics 
include (moving along the positive z-axis) an initial 
peak above bulk mass density, followed by a trough 
below bulk density, ending with a small peak above 
bulk density before leveling off.    

Figure 9 shows the same data shown in Figure 
8, but focused on the interfacial region within 15 Å 
of the graphene sheet. The fluctuation in mass 
density is observed for about 10 Å from the center 
of the nearest graphite sheet. Therefore, the 
effective surface thickness of a polymer in the 
vicinity of graphite is about 10 Å. Figure 9 also 
demonstrates that the surface effects are reduced 
with increasing crosslink densities.  As the polymer 
approaches higher crosslink densities, the mass 
density peak amplitudes reduce and the structure 
more closely resembles the bulk mass density 
distribution.  This behavior is most likely due to the 
tendency of the crosslinks to hold the network 
together in a more spatially consistent manner. 

The predictions shown in Figures 8 and 9 are 
supported by the atomic-resolution TEM image 
shown in Figure 7. Although the thickness of this 
interface shown in Figure 7 appears to vary in along 
the nanofiber length, the magnitude of the thickness 
is close to the predicted value, 10 Å. This favorable 
comparison verifies the existence of the molecular 
packing density variations predicted by the MD 
model and thus validates the modeling approach 
used herein. 

Figure 10 shows the mass density profiles for 
the EPON 862 and DETDA molecules for the non-
crosslinked and 80% crosslinked systems.  The 
mass densities were determined using the atoms 
associated with both molecules. That is, the atoms 
associated with the EPON and DETDA molecules 
were counted towards the EPON and DETA mass 
densities, respectively. In general, the data in Figure 
10 demonstrate that densities of EPON 862 are 
larger than those of DETDA, which is mostly 
because there are two EPON 862 molecules for 
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every DETDA molecule. For both levels of 
crosslinking, larger concentrations of EPON are 
observed near the surface. Large concentrations of 
DETDA are only present at the surface for the non-
crosslinked system. Therefore, before crosslinking 
occurs, both molecules are concentrated at the 
surface. During the process of crosslinking, the 
concentrated DETDA molecules are pulled away 
from the surface so that the DETDA mass density 
profile is relatively uniform.   
 
4.2 Polymer Internal Stress 
 
Stress components were computed using the 
LAMMPS “fix/ave” spatial command in a similar 
manner as described above for the mass density 
profiles.  Each normal and shear stress component 
was computed for each individual atom and 
averaged in slices of 0.1 Å along the z-axis of the 
simulation box.  The individual stress components 
were then used to calculate the Von Mises stress 
using

( ) ( ) ( ) ( )2 2 2 2 2 21 6
2VM x y y z z x xy yz zxσ σ σ σ σ σ σ τ τ τ= − + − + − + + +

 
The Von Mises stress along the z-axis for a 

range of crosslink densities is shown in Figure 11. 
The stress peak nearest to the origin is due to 
stresses in the graphite sheet.  Residual stresses are 
observed for each of the crosslink densities with the 
largest values at the interface. Despite the large 
amount of scatter in the data, there appears to be no 
influence of the crosslink density on the location 
and magnitude of residual stresses. The largest 
amount of stress in the polymer is considerably low 
for all crosslink densities, well below the expected 
tensile strength of EPON-862, which is 70-95 MPa 
at room temperature [24]. The presence of a small 
concentration of residual stress near the interface 
indicates that upon significant loading of an 
epoxy/graphite composite, failure of the resin 
matrix would likely occur first near the fiber/matrix 
interface. 

 
 
4.3 Polymer Potential Energy 
 
Potential energy values for bonds, angles, dihedrals, 
and non-bonded interactions were computed with 
LAMMPS using the same fix/ave spatial command 
previously described.  The bin size was 0.1 Å along 
the z-axis. Figure 12 shows the total potential 
energy (the sum of the individual energy terms) for 
each system.  There appears to be an increased level 
of potential energy near the fiber/matrix interface, 
which is consistent with the increase in stress at the 
interface shown in Figure 11. Also, the potential 
energy generally decreases with increasing 
crosslink density.  The largest contributing factor to 
the total potential energy was found to be angle 
energy, which decreases with increasing crosslink 
density. This is likely due to the elimination of the 
high-energy epoxide rings on the Epon 862 
molecule during the crosslinking reaction.  The 
decreases in potential energy with increasing 
crosslink density shown in Figure 12 indicate that 
crosslinking is energetically favorable for the 
modeled system and force field.  
 
5. Conclusions 
 
In this study, the influence of crosslink density on 
the molecular structure of the graphite fiber/epoxy 
matrix interface was examined using MD 
techniques. The modeled epoxy resin was an EPON 
862/DETDA system. It was determined that the 
mass density of the polymer within 10 Å of the 
center of the nearest graphene sheet was perturbed 
from the bulk level of 1.2 g/cc. This observation 
agrees with predictions in the literature and our own 
TEM images. Although the amount of crosslink 
density did not influence this effective surface 
thickness of the epoxy near the graphite interface, 
increasing levels of crosslinking reduced the 
magnitude of mass density fluctuations within the 
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effective surface thickness. Analysis of the mass 
density of polymer molecules also reveals that 
before crosslinking, the presence of surface effects 
is due to both the perturbed mass densities of the 
EPON 862 monomer and DETDA hardener 
molecules in the surface region. Local Von Mises 
stresses were determined at the interface of the 
composite, and the MD simulations demonstrated 
that the internal stresses were slightly higher in the 
surface region than in the bulk epoxy, albeit at 
levels far below the ultimate strength of the neat 
resin. The internal stresses near the interface are not 
influenced by crosslink density. Finally, the MD 
simulations predict elevated levels of molecular 

potential energy in the surface region of the 
polymer, with the potential energy magnitude 
decreasing with increasing crosslink levels. 
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Figure Captions 

 

 

Fig. 1. Molecular structures of a) EPON 862 and b) 
DETDA shown with simulated image.  Top chemical 
structures show united atoms tobe boxed, corresponding 
to the green beads in the simulated image. 
 

 

 
Fig. 2. a) Initial planar graphite structure and b) Graphite 
structure after equilibration 
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Fig. 3. Combining three separate MD models (left) to form the complete MD model of the composite interface (right) 
 

 
Fig 4. Crosslinking reaction: (A) Formation of primary C-N bond, leaving a negative charge on the oxygen and a positive 
charge on the nitrogen. (B) The negatively charged oxygen abstracts a proton from the neighboring amine, resulting in an 
alcohol group and an amine group. The reacted nitrogen is capable of forming another crosslink by the same reaction, 
breaking the N-H bond shown in red. 
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Fig 5. Flowchart describing crosslinking algorithm. 
 

 
Fig 6. Crosslink atom mass density along z-axis for each 
crosslinked structure. Z-axis origin is taken from the center 
of mass of the closest graphene sheet. 
 
 

 
Fig 7. TEM image of a carbon nanofiber embedded in a 
crosslinked epoxy resin. 

 

 
Fig 8. Mass density profile along z-axis of simulation box 
for graphite and polymer molecules. Z-axis zero value is 
taken as the center of the nearest graphite sheet. Polymer 
bulk density is shown by the red line (1.2 g/cc). 
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Fig 9. Interfacial mass density profile along z-axis of 
simulation box. Origin corresponds to center of nearest 
graphite sheet. 

 
Fig 10. EPON and DETDA molecular mass densities 
along simulation box z-axis for Non-crosslinked and 
80% crosslinked structures. 

 

Figure 11. Spatially averaged Von Mises stress for 
polymer and graphite atoms along z-axis. 

 

Figure 12. Spatially averaged per-atom potential energy. 
Potential energy values are the sum of bond, angle, 
dihedral, and non-bonded Van der Waals energies. 
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1 Introduction  
Composite resins in combination with the acid-etch 
technique and adhesive systems have been used for 
the restoration of tooth caries and cervical lesions 
because of their superior mechanical and physical 
properties, and excellent esthetics. Newly 
formulated bonding systems and advanced etching 
techniques (total-etching, self-etching) may provide 
a better adhesion of the composite resin to dentin 
from chemical and physical viewpoints. The 
formation of resin tags into open dentinal tubules 
and the hybridization of the exposed collageneous 
network of the intertubular dentin establish the 
adhesive micromechanical retention of the 
restoration in dentin [1, 2]. 
Evaluation of marginal integrity at the composite 
resin-tooth interface is required for clinically 
successful restorations. Polymerization contraction 
of the composite resin filled in the cavity arises 
during light curing. This contraction competes with 
the bond strength and may cause marginal 
disintegration and insufficient sealing of open 
dentinal tubules, especially in the dentin segments. 
Sealing ability and bond strength of adhesive 
systems to dentin are still lower than those to enamel 
segments [3]. Marginal gap formation leads to 
leakage, which may bring about marginal 
discoloration, secondary caries or partial loss of the 
restoration [4, 5]. Therefore, achieving complete 
adhesion and evaluating the adherend are important. 
Marginal disintegration of adhesively placed fillings 
has been analyzed by scanning electron microscopy 
and by microleakage determination using dye 
penetration [6, 7]. In the case of SEM analysis, only 
defects that appeared on the surface can be observed 
and the examination of the margin is subjective and 
labor intensive. Through these studies, restored tooth 

specimens have to be sectioned vertically to observe 
the internal debonding. 
Lock-in thermography utilizes an infrared camera to 
detect the surface temperature of a thermal wave 
propagating into the material and then produces 
phase or amplitude images[8,9]. Lock-in 
thermography can be used to detect subsurface 
defects through the differences in phase or amplitude. 
Lock-in thermography has two main advantages in 
comparison to steady-state thermography: an 
improved signal-to-noise ratio and a better spatial 
resolution. In the low sampling, because this method 
can sense the minute change of the surface, defect 
and failure detection are possible in the small phase 
change. The phase change image has the advantage 
that the error by the non-uniformity of the object 
surface emissivity is small. 
In this study, digital lock-in correlation method was 
exploited to calculate amplitude and phase images 
about subsurface defects. The composite restoration 
specimen with flat bottomed hole defects of various 
depths and diameters was made. The purpose of this 
study is to investigate the feasibility on detection of 
a hole defect in dental composite restoration using 
the lock-in infrared thermography.   
 

2 Digital Lock-in Correlation Method 

Fig. 1(a) shows the principle of the digital lock-in 
correlation procedure. Lock-in thermography makes 
use of periodic optical stimulation to heat the sample, 
using sinusoidally modulated halogen lamps [10, 11]. 
The term lock-in refers to the monitoring of the 
exact time difference between the output signal and 
the reference input signal. Hence, amplitude and 
phase images of the reconstructed thermal wave can 
be computed for each heat-generating frequency by 
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post-processing the recorded image data using the 
Fourier transform algorithm. 
The signal detected from the basis function can be 
shown as follows: 
 ∑ ∑ ,               (1) 

 
where ,  denotes the temperature measurement at 
the time of the j-th frame in the i-th lock-in period. 
The weighting factors 	are given by 

 

          
° 2sin	                   (2) 

 ° 2cos	                  (3) 

 
The amplitude A and the signal phase Φ can easily 

be retrieved from the two results 
°
 and  

°
 . Then, 

the amplitude (A) and the phase (Φ) are: 
 ° °                 (4) 

 Φ 	 °°                     (5) 

 

3 Experimental 

3.1 Specimen preparation  

Specimens were prepared as shown in Fig. 2. 
Penetration ring type acryl substrate (inner diameter 
10 mm, outer diameter 12 mm, height 3 mm) was 
prepared. A dentin adhesive (Clearfil S3, Kuraray, 
Japan) was applied onto the inner surface of the ring 
substrate following the manufacturer’s instruction. 
After gently air-blowing the coated adhesive layer, it 
was photocured for 10 sec with a light-emitting 
diode (LED) light source with wave lengths of 420-
480 nm and a power density of 1000mW/cm2 

(Pencure, Morita, Japan). This was done to stabilize 
the states of self-etching, uniform wetting and cross 
linking of the bonding agents. Then a composite 
resin (Clearfil AP-X, Kuraray, Japan) was tightly 
packed inside the ring. The resin that was placed as 
one bulk light-cured (LED, Pencure, Morita, Japan) 
from the upper surface for 20s. A tungsten carbide 
end-mill tool of 5 mm in diameter (YG, 3S MILLS,

  
 Fig. 1 Principle of the digital Lock-in thermography 
correlation procedure(a) and complex vector 
representation of the amplitude and phase relations 
in the two channel lock-in process (b) [12] 
 
 
Korea) driven at a high rotation speed and a very 
low feeding speed, under a water spray, was used to 
make the tooth cavity. Fig. 3 shows a schematic of 
the restoration specimens containing hole defects 
with various sizes. As shown in Fig. 3(a), various 
hole diameters were prepared with the same 
composite thickness of 0.5 mm. Various hole depths 
were also made with the same diameter of 5 mm(Fig. 
3(b)). 
The surface of all the specimens was painted with a 
block flat sprayer(1249 flat black, TESTORS, USA) 
and maintained a high emissivity of 0.95 that is 
close to the black body. Applying the uniform black 
paint of a high emissivity may increase the surface 
emissivity, reduce the secondary reflections and 
provide a uniformly emissive surface. 
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3  

LOCK-IN THERMOGRAPHY FOR INSPECTION OF A HOLE DEFECT
IN DENTAL COMPOSITE RESTORATION

 

Fig. 2 Schematic of restoration specimens containing 
various holes 

Fig. 3 Schematic of experimental set-up for lock-in 
thermography 

 

3.2 Set-up for lock-in infrared thermography 

Fig. 3 shows a schematic of experimental set-up for 
lock-in infrared thermography used in this study. For 
generation of sine waves of a single frequency, a 
programmable software (IRBIS 3 plus system) and a 
controller were used. The entire upper surface of the 
specimens was heated with a modulated heat wave 
from the 500 W halogen lamp kept approximately 
50 cm away from the specimen. The heat source was 
driven by the lock-in module which was controlled 
by the IRBIS 3 plus system software. The heat 

source and the infrared camera signals were 
synchronized. The surface temperature field was 
measured with a radiometric infrared camera (Vario 
cam, JENOPTIK, Germany) equipped with a 
640×480 pixels detector. The spectral range of the 

camera was 7.5–14 ㎛ and a thermal sensitivity was 
0.05K. Experimental conditions were a halogen 
lamp pulse-duty factor of 50 %, a lock-in period of 5 
times and a camera frame rate of 12 Hz. Lock-in 
frequency range was 0.006-2 Hz. 

 

4 Results and discussion 

4.1 Effects of the hole diameter 

Fig. 4 shows the surface temperature evolution. 
Since the lock-in thermography uses the same heat 
source of the halogen lamp, the surface temperature 
of the holed region in accordance with the lessened 
composite thickness is to be higher than the sound 
area. The amplitude contrast in the thermal images is 
generated by this surface temperature difference. As 
shown in Fig. 5, amplitude image showed some 
differences in detection images according to the 
frequency and hole size. At a frequency of 0.05 Hz, 
a clear contrast of the hole image was shown. The 
contrast difference between the sound and the holed 
regions can be given by the equation,  

 	                              (6) 

 

Here, Ah is calculated with the average amplitude of 
the hole image pixels including boundary data. As is 
the average of pixel data for the sound part.  

Fig. 6 shows the amplitude contrast difference as a 
function of the lock-in frequency. The frequency 
range in which the hole image was distinctive 
similar to the visual image was 0.01-0.3 Hz. The 
highest contrast was shown up at 0.05 Hz. The hole 
diameters of 2 mm and 3 mm showed the contrast 
difference which was large around 0.05 Hz in which 
their values were smaller than that of 5 mm diameter 
case. At a lock-in frequency of 0.006 Hz, the 
halogen lamp has long light-on duration at the same 
pulse-duty (50%). Thus it irradiated a large heat 
quantity in the specimen where the specimen surface 
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heat was saturated to lessen the contrast difference 
of the amplitude. On the contrary at 0.3 Hz and 

 

 
Fig. 4 Surface temperature variation of a test sample 
(diameter: 5 mm, flock-in: 0.01 Hz) 
 

 
 
Fig. 5 Optical photo and amplitude images of holed 
specimens at various frequencies and hole diameters 

higher frequencies, the heat was insufficiently 
supplied in the specimen so that the temperature 
differential at the hole and sound region 
influenced by the heat conduction was small. It is 
because good heat-conduction in the soundness part  
 

 
 

Fig. 6 Amplitude contrast ratio as a function of lock-
in frequency according to hole diameters 
 

 
 

Fig. 7 SNR of amplitudes as a function of lock-in 
frequency according to hole diameters 
 

 
 

Fig. 8 Contrast ratio and SNR in amplitude analysis 
as a function of the hole diameter 
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LOCK-IN THERMOGRAPHY FOR INSPECTION OF A HOLE DEFECT
IN DENTAL COMPOSITE RESTORATION

led to a decrease in the contrast as compared with 
that of the holed region. As to the hole diameter of 1 
mm, detection was impossible at the present lock-in 
frequencies.  
Signal-to-noise ratio (SNR) was calculated by the 
absolute value of the difference between the 
amplitude averages in the holed and the sound 
region, divided by the standard deviation (σs) of the 
sound region data 
 SNR 	 | |

                          (7) 

 
The SNR may offer a quantified detectable thermal 
image. SNR results as a function of lock-in 
frequency were plotted in Fig. 7. The SNR value 
was relatively high at 0.05 Hz, which was similarly 
observed in the contrast ratio result. In the amplitude  
 

Fig. 9 Phase images of a specimen according to 
various frequency conditions and defect diameters 

image, the contrast ratio and SNR begin to appear at 
0.01 Hz. The boundary portion was observable at 
0.05 Hz with the hole diameter of 5 mm. The 
contrast ratio showed a drastic increase more than 
SNR. The relative difference was quite different 
according to lock-in frequency and hole 
diameter(Fig. 8). 
Fig 9 shows phase (Φ) images. At 0.01 and 0.5 Hz, 
contrast of the sound region was rather clear but the 
boundary was ambiguous under the noise which was 
serious at frequencies beyond 1 Hz. Through the 
phase image, the big hole diameter of 5 mm caused 
large contrast ratios at 0.006 Hz and 0.5 Hz. Hole 
diameters of 2 mm and 3 mm gave quite large 
contrasts at 0.3 Hz(Fig. 10). With decreasing the 
frequency below the critical value, the phase 
difference was enlarged in the negative due to the 
heat saturation of the specimen surface. 
On the other hand, the detection of the hole was 
possible in the phase test in the range 0.006 Hz to 
0.8Hz. At 0.006Hz, SNR result for 5 mm hole 
diameter had large values, which indicates a clear 
thermal image of the hole. 
 

 
Fig. 10 Phase contrast ratio as a function of lock-in 
frequency according to hole diameters 
 

 
Fig. 11 SNR of phase as a function of lock-in 
frequency according to hole diameters 
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Fig. 12 Contrast ratio and SNR in phase analysis as a 
function of hole diameter 
 
SNR in the phase was high in the present 
frequencies except 0.05 Hz. For the hole diameters 2 
mm and 3 mm, SNR value was high at 0.3 Hz, 
where contrast ratio was also high(Fig. 11). At 0.01 
Hz and 0.5 Hz, the contrast ratio and SNR increased 
as the hole diameter increased. The contrast ratio 
increased more drastic than SNR, and offered the 
most clear image of the phase at the hole diameter of 
5 mm(Fig. 12). 
 

4.2 Effects of the composite resin thickness 

Fig. 13 shows amplitude images of the 0.5mm 
composite thickness(td) specimen. At a lock-in 
frequency of 0.05 Hz, composite thickness of 0.5 
mm provided a clear and good quality image. Fig 14 
shows the amplitude contrast difference as a 
function of the lock-in frequency according to the 
composite thicknesses. The frequency range in 
which the hole defect image was distinctive and 
similar to in the visual image was 0.01-0.1 Hz. The 
amplitude difference showed the tendency to 
decrease due to the heat quantity of the specimen 
surface at the very low lock-in frequency below 0.01 
Hz. The highest contrast was shown up at 0.05 Hz 
for the composite thickness of 0.5 mm. The 
composite thicknesses of 1 mm and 1.5 mm showed 
the contrast difference which was large around 0.025 
Hz. However, for the composite thickness of 2 mm, 
detection was impossible under the frequency 
conditions given in this study. SNR results as a 
function of lock-in frequency were plotted in Fig 15. 
At 0.01 Hz, the SNR was high for the three 
composite thicknesses. For composite thickness of 
0.5 mm, SNR maintained still high at 0.05 Hz. 

 
Fig. 13 Optical photo and the corresponding 
amplitude images of a specimen according to 
frequency conditions (td: 0.5 mm). 

 

 
 

Fig. 14 Amplitude contrast ratio as a function of 
lock-in frequency according to composite 
thicknesses 

 

 
 

Fig. 15 SNR of amplitude results as a function of 
lock-in frequency according to composite 
thicknesses 
 
Fig 16 shows the phase images for the composite 
thickness of 0.5 mm. Contrary to the above 
amplitude images, contrast between the sound and 
hole region was clear at 0.01 and 0.5 Hz. As 
calculated by equation (6), the contrast ratio of the 
0.5 mm composite thickness was high at 0.006 and 
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Fig. 16 Phase images of a specimen according to 
frequency conditions (td: 0.5 mm) 
 

 

Fig. 17 Phase contrast ratio as a function of lock-in 
frequency according to composite thickness 
 
 

 

Fig. 18 SNR of phase results as a function of lock-in 
frequency according to composite thickness 
 

0.5 Hz(Fig. 17). At this condition, the absolute SNR 
was high (Fig. 18). For the composite thickness of 1 
mm, phase contrast was the highest at 0.1 Hz. But 
the phase difference was quite enlarged in the range 
less than the frequency at the minimized SNR. 

 

4 Conclusions 

Artificial hole defects in dental composite 
restoration are detected using a lock-in 

thermography method. Amplitude and phase images 
of the specimens were analyzed according to the 
lock-in frequency and the thickness of holes. The 
infrared lock-in thermography method showed the 
effective optimum condition for detecting the hole in 
dental composite restoration. 
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1 Introduction  

Liquid composite molding, which uses 

non-crimp fabrics(NCFs), is much cheaper than 

molding in an autoclave and can produce complex 

structural parts.NCFs consisting of unidirectional 

plies arranged in a number of possible orientations, 

kept together by stitching yarns, shows great 

potential to replace traditional reinforcements for its 

combination good stability, outstanding drapability 

and prominent mechanical performance[1].  

Permeable values of fiber preforms used in 

liquid composite molding (LCM) process is one of 

the most important parameter, because the 

permeability allows not only  estimation of the 

processing time, but also evaluation of the success 

rate of the process[2-4]. During forming of textile 

reinforcements to three-dimensional geometry, 

in-plane shear is generally considered to be the 

primary deformation mechanism. Characterization 

of this mechanism is used to measure the non-linear 

response during shear and to determine the limit of 

deformation[5]. To assess the possible application of 

these promising NCFs, the mechanical properties of 

NCF composites are measured, comparing with 

those of unidirectional(UD) fabric composite. The 

investigation of internal structure is needed as well. 

In this paper, the permeability of carbon fiber 

NCF performsis measured. It is indicated that 

permeability along the direction of stitching yarns is 

enhanced by the continuous stitching yarns.  Shear 

behaviors are demonstrated by picture frame and 

bias extension tests. It is showed in shear tests that 

deformability of NCFscan be characterized by these 

two tests and the limit of the deformation can be 

measured. Finally, mechanical properties of NCF 

composites are measured. Compared with those of 

unidirectional(UD) fabric composites,in-plane 

mechanical properties of NCF composites decrease 

by less than 15%,but interlaminar properties are 

improved by the tight stitching. 

2 Materials and Experiments  

2.1 Materials and composites production  

The non-crimp fabrics (Fig.1a and b) were 

provided by Changzhou Hongfa Zhongheng 

Advanced Material Technology CO., ltd. Their 

parameters are shown in Table 1. The unidirectional 

fabric(Fig.1c) and bismaleimide resin 6421 were 

provided by Beijing Institute of Aeronautical 

Materials. Test directions of the fabric and 

composites are also indicated in Fig.1. The direction 

of 0° represents the machine direction of non-crimp 

fabric during production, while the direction of 0° 

represents the fiber direction of the unidirectional 

fabric. Composites for mechanical tests are produced 

by resin transfer molding(RTM) with the fiber 

fraction of 58±2% and a thickness of 2mm 

approximately. 

2.2 Experiments   

2.2.1Permeability test of non-crimp fabric 

performs 

To simulate the actual flowing of resin in resin 

transfer molding, permeability of NCF performs was 

measured. The permeability value is calculated 

based on the Darcy’s law. In this experiment, only 

one-dimensional flowing is taken into consideration, 

the permeability values can be measured by the 
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following equation: 

𝑡 =
ŋ

2𝐾𝑃
𝑥2             (1) 

witht the flowing time, ŋ fluid viscosity, K permeable 

value, P infusion pressure, x the corresponding 

flowing distance. With fitted t-x2 curve, the slope 

factor will be used to calculate the permeable value 

K.   

Influence of stitching types, fiber volume 

fractions and flowing directions on permeability of 

NCF was measured and discussed, compared with 

the UD fabric. Permeability along the fiber direction, 

perpendicular fiber direction and along the stitching 

yarns direction was measured. Curves of 

permeability versus fiber volume fractions are fitted 

by modified Kozeny-Carman formula: 

𝐾 = 𝑎
𝑟𝑓

2

4𝑆𝑥

(1−𝑉𝑓)
3

𝑉𝑓
+ 𝑏       (2) 

witha related to flowing direction, b related to the 

stitching structure, SX the Kozey factor and rfthe 

fiber radius[9]. Permeability along the fiber direction, 

perpendicular fiber direction and along the stitching 

yarns direction was measured compared with that of 

the UD fabric. 

2.2.2 In–plane shear test  

Shear deformation of biaxial NCF was studied in 

picture frame test and bias extension test. The 

biaxial NCF was mounted in picture frame and 

extension device, with the stitching yarns parallel to 

the loading direction or across it, as showed in 

Fig.2and Fig.3. It is indicated that shear deformation 

of NCF could be precisely demonstrated by those 

two kinds of tests [2]. 

In picture frame test, the shear angle is decided by 

the displacement of the testing machine and the 

shear force is determined by the force applied by the 

loading machine. The shear angle of the frame 𝛾 is 

related to the displacement of the machine x by : 

γ =
𝜋

2
− 2𝑐𝑜𝑠−1 [

1

√2
+

𝑥

2𝑤
]        (3) 

wherew is the width of the frame.  

The shear force is normalized as  

𝑇 =
𝐹

2𝑤𝑐𝑜𝑠
𝛼

2

；𝛼 =
𝜋

2
− 𝛾         (4) 

whereT is the shear force per unit width force the 

frame side, w is the width of the gripped width of the 

sample, 𝛼 is the frame angle. Three cycles results of 

the picture frame tests are measured.The 2nd and the 

3rd cycles are obviously different with the 1st cycle 

because of the pre-tension caused by clamping 

device and the misalignment of the fiber, which 

makes the fiber near gripping tensed or bent[7-9].   

The bias extension test involves clamping a 

rectangular piece of NCF such that the directions of 

the fiber tows are oriented at the ±45°to the direction 

of applied loading. The sample’s length/width ratio λ 

should greater than 2 so that the sample can be 

divided into three regions with the fibers in the 

center regions bear pure shear force, asshowed in 

Fig.3. The shear angleγ is calculated as 

γ =
π

2
− 2cos−1 (

L0+𝑥

√2L0
) ; L0 = H − W    (5) 

where H is the length of the sample, W is the width 

of the sample, x is the displacement of the 

machine[10-13].  

2.2.3 Mechanical test of composites  

To compare with those of UD fabric 

composites, mechanical properties of NCF 

reinforced bismaleimide composites are measured. 

Unidirectional NCF laminates are made of 

uniaxialNCF(called NCF-U1 for short in this part) 

and quasi-isotropic laminates are made of uniaxial 

NCF and biaxial NCF(NCF-B1) 

respectively.Metallographic and SEM images are 

used to investigate the internal structure of NCF 

composites and determine how the defects, such as 

“channels” or “cracks”, influence mechanical 

properties[14-17]. 

Chinese standards, GB/T 3354‘Test method for 

tensile properties of oriented fiber reinforced 

plastics’, GB/T 3856‘Test method for compression 

properties of unidirectional fiber reinforced plastics’, 

GB/T 3356 ‘Test method for flexural properties of 

unidirectional fiber reinforced plastics’ and JC/T 

773‘Fiber reinforced plastics composites- 
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Determination of apparent interlaminar shear 

strength by short-beam method’, were used to 

prepare the specimens and perform tests to measure 

the tensile, compression, flexural and interlaminar 

shear properties of the composites respectively. 

3 Results and Discussions 

3.1 Permeability  

To simulate the actual flowing of resin in resin 

transfer molding, permeability of NCF performs was 

measured. Permeability is the essential parameter to 

design the infusion process. Permeability values of 

unidirectional preforms with different fiber volume 

fraction are showed in Fig.4. The fitting curve 

responds to the Koney-Carman equation. The result 

showed in Fig.4(a) represents the permeable ability 

of the performs in 0° direction. It is demonstrated 

that with the same fiber volume fraction the fabric 

structure has a significant influence on the 

permeability. It is apparent that the permeability of 

the uniaxial NCF is lower than the UD fabric, this is 

because the stitching yarns of the uniaxial NCF has 

two controversial effects:one effect is that the 

stitching in a less compaction situation and it has a 

capillary effect so it can provide additional flowing 

channels for the liquid. On the other hand, the 

stitching tension makes the carbon fiber stack more 

tightlythan the UD fabric, the weft yarns of which 

have little stitching tension. By observing the fabric 

structure, showed in Fig.5, the distortion of the fiber 

indicates that the fibers bear a relative strong 

stitching tension than those in UD fabric, which has 

a dominated effect on permeability of fabrics, 

however, fibers in UD fabrics have little in-plane 

distortion, which manifest that the fibers are in a 

relaxed “condition” and the gaps between the yarns 

in UD fabric arelarger than those in NCF. 

Combining these two effects the permeability of the 

uniaxial NCFis lower than that of the UD fabric in 

the 0°direction. As to the test in the 90°direction in 

Fig.4(b), the compaction condition of the fibers also 

influence the permeability mostly, so the 

permeability of  these two kinds of fabrics in the 90° 

direction has similar tendency: the liquid flows 

faster in the UD fabric. 

For the orthotropic preforms, permeabilities of 

the biaxial NCF in 0° and 90° direction, showed in 

Fig.6(a), are measured in order to identify the effect 

of stitching yarns on permeability. In the 0° direction, 

the liquid flowed along the direction of the stitching 

yarns, the permeability is much higher than that in 

the perpendicular direction of the stitching yarns. 

This phenomenon manifests further that the stitching 

yarns has a positive influence on the permeability of 

the fabric, which can supply a consecutive “channel” 

for the flowing liquid. Although the stitching yarns 

provide extra flowing “channel” for the liquid, the 

“channel” is disconnected in the flowing direction so 

that the permeability is much lower in the 0° 

direction than that in the 90° direction in spite of the 

same fibers configuration. Results of tests in the 

45°directionare showed in Fig.6(b).Fig.6(b)shows 

that difference between the permeability of the 

biaxial NCF and the UD fabric becomes small 

though the UD fabric has more loose yarns stack 

structure. The consecutive “channel” effect 

compensates the tight compaction of the fibers 

caused by stronger stitching tension of the NCF than 

that of the UD fabric, so it is observed that the 

measured permeability values of the NCF 

approximate that of the UD fabric. 

The effect of fiber volume fractions on 

permeability values of different fabrics are also 

showed in Fig.4 and Fig.6. The effect of fiber 

volume fraction on permeability of unidirectional 

performs meet the Koney-Carman equation well. For 

the biaxial performs the modified Koney-Carman 

equation is used to fit the permeability K-Vf curves. 

It is noted the fiber volume fraction has the similar 

influence on permeability for all performs. The 

fitting parameters, such as b in the modified 

Koney-Carman equation can be used to evaluate the 

effect of stitching yarns on the permeability: when 

the stitching yarns enhance the permeability more, 

the calculated b is higher. 

3.2 Shear deformation  

3.2.1 Picture frame shear 
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For the biaxial NCF, the shear deformation 

behaviors of picture frame tests are measured in the 

0° and 90°direction. Three shear cycles are shown in 

Fig.7 (a). In the test direction of 0°, the first shear 

cycle for biaxial NCF is obviously different from the 

second and third cycles, the shear force in the first 

cycle is much higher than that in other cycles. This 

is because when the samples are mounted in the 

frame, it is impossible to make all the yarns parallel 

to the frame sides, thus the fibers bear tensile 

loading when sheared in the first cycle, and the 

stitching tension is not well-distributed. So the first 

shear cycle cannot reflect the pure shear behaviors, 

which should be regarded as the “bad tests”, 

however the sample is “conditioned” after the first 

cycle. As the diagrams of second and third cycles 

showed in Fig.7,the second and third cycles have 

little difference, which should be noticed as the pure 

shear behavior of the NCF. The process of taking 

away the fibers near the clamps will 

causedisturbances to fibers in the fabrics, 

whichscatter the shear results, so at least five 

samples are measured in order to make sure the CV is 

lower than 10%. 

The second and third shear cycles of 0°tests 

showthe typical shear compliance curves for NCF. 

Here shear force should be normalized by the 

sample length to eliminate the size effect. The shear 

curve can be divided into two parts: in the small 

shear angle area, the yarns approach to each other, 

the shear mechanism can be defined that there are 

only yarns rotating at the interlace point, so the shear 

force is very low. Digital images also indicate that 

there are only fiber orientation varying and no 

wrinkle occur. For the large shear angle deformation, 

the shear force becomes noticeably higher than small 

angle deformation. This is because at the small shear 

deformation the gaps between yarns give fibers 

freedom to rotate. After the gaps being occupied, the 

fibers are compressed which cause high shear force 

and wrinkle in fabrics. The transition angle, which 

divided approximately the shear curve into two parts, 

is called “locking angle”. The limit of forming of the 

fabrics is often characterized by measurement of the 

“locking angle”. The results of 0° tests and image 

analysis shows the “locking angle” is about 17°. At 

the last part of the curve the shear force is several 

times higher, which actually represents the tensile 

resistance of the chain of the stitching yarns. 

Fig.7(b) shows results of 90° tests. It is also can 

be seen that after the “locking angle”(about 17°), the 

shear force becomes high and wrinkle happens. 

However the stitching yarns orientation is not along 

the direction of applied loading, the shear force at 

large shear deformation is not as high as that of the 0° 

tests. 

3.2.2 Bias extension 

Bias extension is another popular approach to 

characterize resistance of fabric to in-plane shear. 

According to the experiment results showed in Fig.8, 

the shear force in 90° direction is obviously lower 

than that in 0°. In 90° tests, the shear forcefor NCF 

is too small(less than 5 N for the whole shear 

process). This is becausein this direction only 

frictions between fibers and stitching yarns 

contribute to the shear force. Besides, the specimen 

edges in the pure shear area are not constrained and 

fibers can move freely in this area, at relatively high 

shear angles the sample begins to fail due to slip of 

fibers. So the only results of 0° tests are illustrated 

here to characterize the shear behavior of NCF. One 

can see that the trend of bias extension curve agrees 

with the results from the picture frame tests well: 

before achieving the“locking angle”, no wrinkle 

occurs, the fibers rotate and come close to each other. 

The “locking angle” can be regarded as the shear 

range for NCF in forming performs with curved 

surface. After the “locking angle”, the fibers are 

compressed, for which the shear force is rapidly 

increased and wrinkles happen. From the bias 

extension results, the “locking angle” is about 15°, 

which shows a good agreement between picture 

frame test and bias extension test. 

3.3 Mechanical properties 

Fig.9 shows the mechanical properties of 

unidirectional composites plates. The tensile, 
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flexural and compression strength of NCF–U1 

composites are decreased by 14.5%, 10.8%and 4.0% 

than that of UD fabric composites, respectively. 

However, The ILSS is 4.0% higher than that ofUD 

fabric composites. The decrease of in-plane 

mechanical strength is caused by fiber free zones 

near stitching locations. The continuous fiber free 

zones caused by stitching yarns in NCF-U1 are 

called “channels” in ply. These “channels” in the 

fibrous plies cause resin rich regions in the 

composites, decreasing the fiber volume fractions, 

which will affect the mechanical performance. 

According to metallographic observations, the 

cracks easily occur around the resin rich areas, 

which may cause stress concentration and early 

damage. Fig. 10 shows the continuous “channel” in 

NCF-U1. However, in UD fabric composites there is 

little “channels” or “gaps” between fibers andthe 

fibers lies relatively straight.Only fiber 

waviness(showed in Fig.11) caused by a small 

number of transverse yarns will not affect the 

mechanical strength severely in 0° direction because 

the transverse yarns occupy much less volume 

fraction in UD fabric than that of stitching yarns in 

NCF. For NCFs, the fabric manufacture process also 

inevitable cause fiber damage and fiber distortion, 

which are bad for mechanical properties. According 

to this structural feature, compared to that of UD 

fabric composites, the in-plane mechanical 

performance of uniaxial NCF composites is a little 

decreased, the decrease is less than 15%, while the 

interlaminar properties are almost not affected by 

structural defects. 

As for the quasi-isotropic laminates, Fig.12 

shows the mechanical properties of these three kinds 

of composites materials. According to the test results, 

the NCF-U1 mechanical strength is also about 15% 

lower than that of UD fabric composites.The reason 

for strength decline of quasi-isotropic NCF-U1 

composites is the same as that for the decline of 

unidirectional composites. However, when it comes 

to quasi-isotropic NCF-B1 composites, the 

mechanical strength of NCF-B1 composites is very 

close to that of quasi-isotropicUD fabric composites. 

As showed in Fig. 10 and Fig.13, the images 

demonstrate the structure feature of these NCF 

composites. It is easy to be distorted and misaligned 

for fibers in NCF-U1 because of the loose stitching 

structure. The proportion of resin rich regions in the 

composite based on NCF-U1 is obviously higher 

than other two composites, which evidently decrease 

the in-plane mechanical strength. Although the tight 

stitching yarns cause “cracks” in NCF-B1(showed in 

Fig.13), fibers are straightened and combined tightly 

between layers. Metallographic images showed in 

Fig.13 indicate that there are relatively small amount 

of resin rich regions and little fiber waviness as UD 

fabric, with good bonding between layers. 

According to the tight stitching structure of NCF-B1, 

fibershave been straightened well, which can take 

good advantages of the fibers strength. Hence, the 

mechanical strength is close to that of UD fabric 

composites and higher than that of composites based 

on NCF-U1. In quasi-isotropic laminates the 

quasi-isotropic structure can disperse the resin rich 

regions to avoid as much decline of mechanical 

strength as that in unidirectional laminates; because 

in unidirectional laminates resin rich regions 

oriented in the same direction in adjacent layersmay 

be connected, which will severely influence the 

mechanical strength.  

4 Conclusions 

Characterization of the permeability, 

deformation behavior and mechanical performance 

of NCF and NCF reinforced composites leads to the 

following conclusions: 

4.1 Permeability  

The permeability of NCFs is close to UD fabric. 

For unidirectional performs, the stitching yarns have 

two effects: one is that the fibers assembled by 

stitching yarns are compacted tightly, which will 

decrease the liquid flowing in fiber tows; the other 

one is that the stitching bring in continuous 

“channels” between fiber tows, which enhance the 

permeability. Based on these two aspects, the 

permeability of NCFs is not much lower than that of 
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UD fabric, which possesses high permeability due to 

the loose fiber structure. For the biaxial NCF, 

permeability along the stitching direction is 

enhanced and higher than permeability in the 

direction perpendicular the stitching yarns for the 

stitching yarns provide extra flowing routes.   

4.2 Shear deformation  

Shear deformation of biaxial NCFs is 

characterized by the picture frame shear test and bias 

extension test. When thebiaxial fabric is sheared in 

picture frame, the initial shear force is low, due to 

the shear mode of fiber friction and stitching friction. 

When the shear angle exceeds about17°, the shear 

force increases rapidly because of the on-set and 

intensification of the compression of the fibers. In 

the direction of tension of stitching yarns, the shear 

force mostly results from the stitching tension is 

much higher than that in the direction of 

compression of stitching yarns.Comparing with the 

picture frame test, shear behaviors in the direction of 

tension of the stitching can also be well 

characterized by bias extension; however, shear 

force in the direction of compression of the stitching 

is very low because of much free fiber slip in shear 

area before fibers compression occur. This 

phenomenon will be focused on in future work. 

4.3 Mechanical properties  

In-plane mechanical properties of uniaxial NCF 

composites are about 15% lower than those of 

unidirectional composites based on UD fabric due to 

the fiber distortions and misalign, while the 

interlaminar properties are improved by the stitching. 

As for quasi-isotropic composites, mechanical 

performance of composites based on biaxial NCF, 

close to that of UD fabric composites, is better than 

that of uniaxial NCF composites. This can be 

attributed to stitching structure of biaxial NCF, 

which resulting in aligned fibers, less defects and 

tight bonding between fiber layers. 
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Table 1 Parameters of preforms 

Perform Orientation of plies, 

degree 

Plies Stitching yarns Mass,g/sqm 

UD fabric 0 3KToray T300 --- 160 

Uniaxial NCF 0 3KToray T300 30D-PET 166 

Biaxial NCF 45;-45 3KToray T300 30D- PET 332 

 

 

Face             Back 

Fig.1.Samples of UD fabric and NCF:(a) UD fabric;(b) 

uniaxial NCF;(c) biaxial NCF. 

 

Fig.2.Picture frame test(loading on an Instron testing 

machine). 
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Fig.3. Bias extension test, shear angle is uniform  

in region①. 
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Fig.4. Results of permeability of unidirectional 

preforms:(a)in direction of 0°;(b)in direction of 90°. 

 

(a) 

 

(b) 

Fig.5. Light microscopeimages of unidirectional 

performs:(a)UD fabric;(b)uniaxial NCF. 
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Fig. 6. Result of permeability of orthotropic 

preforms:(a)permeabilities of biaxial NCF in the direction 

of 0° and 90°;(b)permeabilities in the direction of 45° of 

biaxial NCF and UD fabric preforms. 
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（b） 

Fig.7.Shear diagrams of picture frame tests of biaxial 

NCF (a) in the direction of tension of stitching ;(b) in the 

direction of compression of stitching. Error bars show 

standard deviations of the tests. Three cycles were 

registered. 
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Fig.8.Bias extension diagrams of biaxial NCF in the 

direction of tension of stitching. 
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（b） 

Fig.9. Comparison of uniaxial NCF laminates and UD 

fabric laminates on mechanical properties: (a) In-plane 

mechanical strength; (b) Interlaminar shear strength. 
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（a） 

 

(b) 

Fig.10.(a)Metallographic and (b)SEM images of uniaxial 

NCF laminates with continuous channels which lead to 

resin-rich defects. 

 

Fig.11. Metallographic images of uniaxial UD fabric 

laminates with fiber waviness. 
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Fig.12. Comparison of quasi-isotropic laminates based on 

different preforms on mechanical properties: (a) In-plane 

mechanical strength; (b) Interlaminar shear strength. 

 

(a)
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(b) 

Fig.13.(a) Metallographic and (b)SEM images of biaxial 

NCF laminates with cracks which lead to resin-rich 

defects . 
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1 Introduction 

The aim of this study is to characterize the 
extension/twist coupling (ETC) of composite plate 
laminates when submitted to axial loading. ETC is 
achieved by using an antisymmetric lay-up of off-
axis plies. In laboratory configuration, extension can 
be induced by a quasi-static tensile loading or by the 
centrifugal force of a mass. Rotating tests present the 
major advantage to offer a high fidelity with the in-
service environments of composite components in 
rotating applications. In the past, several 
experimental set-ups were designed and developed 
to characterize ETC in laminates [1-3]. Most of the 
static tests were performed on bi-axial machines. 
The tensile load was applied with a free rotation, 
which makes the twist able to occur in the laminate 
[3-5]. Analytical and finite element models were 
also developed by Armanios et al. [6] in order to 
quantify twist rate in ETC laminate as a function of 
tensile load. In agreement with experimental 
observations, modelling results pointed out a non-
linear relationship between twist rate and tensile 
load. This non-linear behaviour originates from 
geometrical considerations. 

This work proposes a new experimental set-up able 
to accurately determine twist of ETC composite 
laminates under rotation using non-invasive 
techniques. These include laser and optical-based 
methods and also wireless telemetry systems for 
strain gage measurements. 
In rotating tests, aerodynamic forces have to be 
minimized in order to avoid the induced instabilities 
and the unwanted loads in the plate and to ensure the 
relevance of the measurements. To minimize 
aerodynamic forces, authors in literature developed 
experiments in a rough vacuum chamber [1, 3]. 
Working in such conditions is particularly intricate 
and time-consuming when sophisticated techniques 

for twist measurements have to be combined. 
Therefore the approach adopted in this work consists 
in minimizing the speed of the air on the plate 
(Fig.1). 
Using this experimental set-up, significant twist 
rates were measured in ETC plates at the ultimate 
speed of the rotary drive system. Experimental 
results are compared to numerical results computed 
using non-linear FE model. 

The remainder of the paper is organized as follows. 
Section 2 provides a brief description of the 
experimental set-up and of the twist measurement 
procedure. In section 3 the FE model is described. 
Section 4 presents and compares the results obtained 
using both experimental and numerical approach. 

2 Material and methods 

2.1 Extension/twist coupling laminate 

Tested plates are made of composite materials with a 
stacking sequence which results from an 
optimization work to maximize twist in laminate and 
prevent it from any damage. Antisymmetic 
orientation distribution keeps away from any other 
mechanical coupling. 

2.2 Rotary drive system 

Fig. 1 shows the whole experimental set-up. 
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Fig. 1. Snapshot of the rotating test bench with 
measurement devices 

As shown in Fig. 2, two laminates located at 180° 
with respect to one another are clamped to the rotor 
shaft of a DC brushless motor. Rotation speed is 
estimated during experimentation by a capacitive 
sensor. 
Masses are positioned at each extremity of both 
plates to produce an extra centrifugal force and 
increase plate twist. These masses also support the 
pattern and the grating used for optical-based 
measurements. 
 

 
Fig. 2. Schematic representation of the rotating parts 

without the polystyrene disk. 

 
To reduce the speed of the air on the plates and thus 
preventing them from aerodynamical forces (drag 
and lift) and disturbances, plates were placed inside 
an enclosure made of a polystyrene disk, as shown 
in Fig. 3. Crucial numerical simulations and 

experiments were performed before running real 
tests in order to ensure safety and dynamic stability 
of the system. 
 

 
Fig. 3. Polystyrene disk enclosure 

 
The disk also prevents the plates of any major 
bending, induced by the masses, when the motor 
does not rotate. When the rotation starts and the 
speed increases, the centrifugal forces grow, the 
masses take off and the plates are straightened: from 
this moment the ETC can be characterized. 

2.3 Twist measurement 

Two optical-based techniques and an extensometric 
one were used to determine the twist rate as a 
function of rotation speed.  

2.2.1 strain rosettes 
In-plane strains and curvatures were recorded during 
tests using regular delta strain gage rosettes with a 
telemetric wireless system (KMT-MT32). 

Strain gages were glued on the top and bottom 
surfaces of the laminates. As a result, the 2D strain 
tensor can be measured on both surfaces. Middle 
surface strains and curvatures of the plate can be 
determined according to the Classical Laminate 
Theory [7]. Eq. 1 links strains on the top and bottom 
surfaces of the laminate with mid-surface strains ε0

x, 
ε0

y and γ0
xy. 
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z+ and z- are the upper and lower altitudes of the 
plate. 
 
Curvatures are determined using Eq. 2. 
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The kxy curvature (in [m-1]) relates the twist along the 
first direction of the plate. It can be converted in a 
more suitable quantity, named twist rate Θ in [°.m-1], 
according to the following equation: 
 

xyk
π
90−

=Θ  (3) 

To avoid the use of a rotating collector, a wireless 
telemetry system was preferred in this work. 
Therefore, the six strain gages of the two rosettes 
were conditioned by a whole KMT multi-channel 
telemetry system. It includes a lithium battery, signal 
condition modules, an encoder, a multiplexer, a 
controller and a HF transmitter. The maximum 
acquisition frequency is 95 Hz.  
All these modules were positioned on the bottom of 
the polystyrene disk, close to the main rotor shaft, in 
order to minimize imbalance induced by these 
additional masses. 

The two following paragraphs describe the twist 
determination using optical-based measurements of 
masses rotation. 

2.2.2 laser beam diffraction 

A diffraction grating was stuck on one of the masses 
as shown in the schematic representation of the 
laminate in Fig. 2. Fig. 4 shows the principle of this 
method with the grating, the monochromatic laser 
beam and the first order diffracted laser beams. 

 

 
Fig. 4. Laser beam diffraction through a grating 

The position of the diffracted laser beams are 
recorded on a screen versus time.  
The rotation of the mass due to ETC in laminate 
during operation induces a rotation (as a function of 
the x-direction) of the two first order diffracted laser 
beams. The rotation angle is then measured using the 
line passing through the two points of the laser on 
the screen (Fig. 5 and 6). 
 

  
Fig. 5. Snapshots of the laser screen. 

a) initial time (with no speed).and b) rotated time (high 
speed rotation) 
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Fig. 6. Orientation identification with laser spots 

 
An algorithm was developed to locate the laser spots 
in the pictures and calculate the angle θ. 









−
−

= −

lr

lr

yy
zz1tanθ  (4) 

 
where (yl,zl) and (yr,zr) are the coordinates of the left 
and right points. 
Considering the power of the laser (4.5 mW), there 
is no need to accurately trigger the camera to obtain 
contrasted pictures. So, the time of exposure is 
started with a delay estimated from the rotation 
speed. 
 

diffraction 
grating 

first order diffracted 
laser beams 

x laser beam 
λ = 635 nm 

a) b) 
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2.2.3 Line pattern rotation 

The other mass was covered with a printed line 
pattern. A picture of this mass in motion is done at 
different times in order to determine the rotation of 
the line pattern. 

A CCD Ueye camera was used with a telecentric 
lens. This one minimizes barrel distortion and makes 
settings easier in comparison to a regular one. This 
camera is triggered by the capacitive sensor signal. 
A pulse is generated when the mass passes in front 
of the lens. At this specific time, a ringlight releases 
a large amount of energy in a short period to 
illuminate the line pattern during the exposure time 
of the CCD sensor. 

This whole apparatus prevents pictures from blur 
effect and improves their sharpness. Snapshots in 
Fig. 7 were recorded using this method. Change in 
the orientation of this line pattern allows the rotation 
of the mass to be determined. 

 

  
Fig. 7. Snapshots of the line pattern glued on the external 

faces of the mass. 
a) initial time (with no speed). b) rotated time( high speed 

rotation) 

The method applied to determine this rotation is the 
Radon transform which is often used in medical 
application to shape recognition [8]. The Radon 
transform is an integral transform consisting of pixel 
values over straight lines. A straight line of the 
pattern is then converted into a point in the Radon 
space. Fig. 8 gives an illustration of it with the 
computation on a line defined with the couple (ρ,α). 
α is the orientation of the perpendicular and ρ the 
distance from the origin. 

 
Fig. 8. Calculation of the Radon transform 

An example of this transform for our pictures is 
represented in Fig. 9 in which black and white areas 
correspond to the line pattern in the original picture. 
Their locations indicate the orientation of the 
fringes. 

θ = α - 90 (°)

ρ
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p
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e
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Fig. 9. Radon transform of a picture similar to the Fig. 7b 

Intensity of the Radon transform is normalized. 1 
value represents white pixels, 0 value black ones. 
The membership of a pixel in the Radon’ space to 
the line pattern was determined using intensity 
criteria described in Tab. 1. 
 
picture space criteria Radon space 

black lines ( ) 2.0, <θρR  black pixels 

white lines ( ) 8.0, >θρR  white pixels 

other directions ( ) 8.0,2.0 << θρR  gray pixels 

Tab. 1. Distinction criteria used to identify line orientation 

A filter keeps only black and white pixel into 
consideration which represents black and white 
fringes. A sum is then made over the ρ direction for 

a) b) 
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each θ value (Fig. 10). This distribution curve 
reveals a maximum for a specific rotation angle, 
representing the line pattern orientation with respect 
to the x-direction. 
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Fig. 10. Identification of the rotation angle from the 

discriminated Radon transform 

 

2.4 Loading path 

During experiments, the plates were submitted to a 
ramp with a constant increase of the rotation speed 
as a function of time. After this ramp, a dwell of 
about 30 seconds was applied with a constant speed. 
At last, a second ramp with a constant decrease in 
speed is applied. This loading path is useful to check 
the reversibility of the ETC phenomena. In-plane 
strain and masses rotation were measured at the 
rotation frequency during the test. 
 

3 Finite element model  

A FE model was built to understand and quantify the 
twist rate of the rotating plate as a function of speed 
with respect to experiments. 
The mesh in Fig. 11 was used to solve this problem 
with a finite element based code. The plate was 
discretized using 3D-solid elements with 8 nodes. A 
regular mesh was used with 8 elements in the width, 
about one hundred in the length and only one per ply 
in the thickness. The plate was clamped at one 
extremity and a concentrated mass was applied at 
the other extremity. A centrifugal acceleration field 
consistent with the experimental rotation speed was 
applied to generate inertial loads.  

 
Fig. 11. Volume mesh of the laminate used for the finite 

element method resolution 

Simulations were made with Samcef software. The 
use of the Mecano module allowed the geometric 
non-linearity of the ETC phenomena to be taken into 
account. 
Displacements of nodes belonging to the middle 
plane were extracted from the computation and 
processed to determine the rotation at each section 
of the laminate. The derivative of this rotation 
distribution represents the twist. Transversal and 
longitudinal strains were also recorded in order to be 
compared with experimental results. 

4 Results 

4.1 Masses take-off at low speed rotation 

As aforementioned and as described in Fig. 12, the 
masses take off and the plates straighten when the 
rotation speed reaches a threshold value, denoted ωt. 

m

mass
rotor axis

L

h

ω > ωt

polystyrene disk

m

ω < ωt bended plate

straight plate

 

Fig. 12. Mass take-off problem 
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The altitude of the mass was monitored as a function 
of the rotation speed using the line pattern system 
(Fig. 13). This figure clearly shows the take-off 
speed threshold. 
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Fig. 13. Determination of the take-off speed using mass 

altitude measurement 

 
Twist is highly disturbed by this take-off 
phenomenon. Below the speed threshold, interface 
friction between masses and polystyrene disk 
hinders the mass rotation (Fig. 14). While the twist 
rate is reversible as a function of the rotation speed 
above the speed threshold, a large difference in the 
twist behaviour is observed below this threshold 
value. In this figure, the twist rate is determined 
using the in-plane strain measurements. 
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Fig. 14. Masses take-off perturbations on twist 

In next parts, only the twist behaviour observed 
above the speed threshold will be considered. 

4.2 Mass-rotation based technique  

To estimate the scattering in rotation measurements 
involved by experimental techniques, the same 
laminate was submitted several times to the same 
loading path (LP). The laminate was also tested on 
the two possible locations of the test bench (0° and 
180°), and by consequence with the two different 
optical-based techniques. Results of these trials are 
shown in Fig. 15. 
A relatively good repeatability is observed for each 
technique, above the speed threshold. Experimental 
results are also in good agreement with the finite 
element model. 

-0.8

-0.6

-0.4

-0.2

0

0.2

rotation speed, ω 

n
o
rm

a
liz

e
d

 m
a

s
s

 r
o
ta

ti
o

n
, 
θ 

(°
)

 

 
pattern LP1

pattern LP2

laser LP3

laser LP4

laser LP5

laser LP6

f em

 
Fig. 15. Mass rotation as a function of speed for the same 

laminate 

A slight gap between the laser and the pattern 
measurements is also observed. The rotation 
difference is constant as a function of the rotation 
speed. This can be explained by the extra-extension 
caused by the extra-mass of the grating. 
The masses rotation can be further used to estimate 
the global twist of the plate (Eq. 5). In this 
calculation, the rotation of the laminate cross-section 
at each extremity is known and the rotation 
distribution is supposed linear. 
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EXPERIMENTAL INVESTIGATION OF THE EXTENSION/TWIST 
COUPLING IN ROTATING COMPOSITE LAMINATES 

This hypothesis of linearity is corroborated by 
numerical results. Indeed, Fig. 16 depicts the 
distribution of cross-section rotation. The 
relationship is clearly linear with small variations in 
the clamping areas. 
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Fig. 16. Simulation of the rotation repartition along x-

direction at a high velocity 

This hypothesis is verified because the mass at the 
end of the laminate generates an almost uniform 
tensile stress in the specimen length and width and 
also because the plate is long enough to minimize 
clamping effect in the working length. 
The twist behaviour extracted from the mass rotation 
measurements was then compared to the one 
identified using in-plane strain measurements. 

4.3 In-plane strains based technique 

In-plane strains and curvatures measured during 
tests are respectively shown in Fig. 17 and Fig. 18. 
In Fig. 17, experimental results are also compared to 
the numerical simulations. As expected and as 
predicted by modelling, shear strain γ0

xy is negligible 
during test. On the contrary, longitudinal and 
transverse strains (ε0

x and ε0
y) vary significantly as a 

function of the speed rotation. Experimental results 
are in a quite good agreement with the numerical 
ones. 
An offset exists on transversal strains which can be 
caused by the too large width of the gage compared 
to the plate one. This can be attributed to the free 
edge effects in composite laminate. 
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Fig. 17. Typical in-mid-plane strains versus rotation speed 

Fig. 18 shows the evolution of the laminate 
curvatures during an experiment. As expected, 
bending curvatures are particularly small in 
comparison to the torsion one. The kxy curvature 
represents plate twist at the location of the strain 
rosettes. 

-0.4

-0.2

0

0.2

0.4

0.6

rotation speed, ω

n
o
rm

a
liz

e
d
 c

u
rv

a
tu

re
, 

k
 (

m
-1

)

 

 
f lexion y , k

x

f lexion x, k
y

torsion x, k
xy

 
Fig. 18. Typical curvature versus rotation speed 

4.4 Comparison of twist measurement techniques 

Fig. 19 summarizes the whole study with a 
comparison of the twist resulting from the different 
experimental techniques and modelling. 
All the experimental techniques are sensitive to the 
mass take-off. They are also able to accurately 
measure the significant twist exhibited by the 
laminates over the threshold speed. 
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This results combination gives an overview of the 
experiment and the efficiency of the twist exposed 
by this laminate with this bench. 
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Fig. 19. Twist of the laminate versus rotation speed 

 
Although it is based on an assumption of linearity, 
the twist determined using mass rotation-based 
techniques is in a better agreement with the 
numerical simulations than the in-plane strain base 
technique. 
Twist measured with strain gage rosettes presents 
the same slope in the twist-speed diagram, but with a 
constant shift. This could be attributed to the initial 
twist of the plates. Indeed, strain gages are glued on 
a theoretically flat specimen. In reality, an initial 
twist exists. We determined the 3D initial shape of 
the laminates using an another experimental 
technique after curing. It was obvious that laminates 
exhibit an initial twist induced by residual stresses. 
These results will be published in a forthcoming 
paper. This initial twist can be reduced with specific 
stacking sequence [9], but small defects during lay-
up process always bring local strains in plates, which 
penalize strain-based techniques. 

5 Discussion 

Results points out that the classical mass take off 
problem only happens at low speed. Accurate and 
relevant measurements can be performed above this 
threshold speed. 
A good correlation between both experimental 
measurements and FE simulations was observed. 

Mass rotation-based measurements showed a good 
repeatability and have successfully quantified the 
twist behaviour of plates. 
They were also well-correlated to strain-based 
measurements. Results also presume that this 
technique is highly influenced by the initial 
curvature of the plate. 
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Abstract  
A novel form of fiber steering (Continuous Tow 
Shearing (CTS)) which eliminates manufacturing 
defects found in other steered fiber techniques, e.g. 
tow-overlaps, tow gaps and tow wrinkling, has 
recently been developed. By using CTS to steer 
fibers in-plane, structures with improved buckling 
capacity can be achieved leading to lower mass 
designs. Such optimal designs for minimum mass 
CTS laminates have been produced using the infinite 
strip program VICONOPT. The resulting 
distribution of fiber orientation and mass across the 
width of these optimized laminates results in regions 
of high stress near supports. These regions, which 
are vital to the integrity of the CTS laminate, are at 
risk of reduction in compressive strength caused by 
Barely Visible Impact Damage (BVID). Hence, 
using experimental tests combined with a unique 
analytical approach, the paper explores the effect of 
near support impact damage on the compressive 
strength of CTS panels. Results indicate a failure 
strain that matches industrial straight fiber 
alternatives but that is below the design failure 
strain. Hence there is scope for further optimization 
of CTS laminates for improved damage tolerance. 

1 Introduction 

Emissions targets and increasing fuel costs are 
driving aircraft manufacturers to seek ever lighter 
structures. Indeed to meet the stringent targets set 
out in documents such as ACARE 2050 a significant 
step change in both composite performance and 
manufacturing capability is a necessity. By steering 
fibers to tailor stiffness and better distribute loading 
across a structure, Advanced Fiber Placement (AFP) 
manufacturing techniques are generating significant 
theoretical buckling performance increases over 
straight fiber designs [1]. However, practical gains 
are restricted by the limited radius of curvature 

(635mm for a 3.175mm tow width or 1778mm for a 
6.35mm tow width) [2] that can be achieved before 
process induced defects such as inner tow wrinkling 
become apparent [3]. By shearing fiber tows at the 
point of application, Continuous Tow Shearing 
(CTS), allows much tighter radii of curvature (up to 
30mm for a 7mm tow width) [4] to be achieved 
without the occurrence of process defects. The 
significantly improved steering capability of CTS 
allows weight reductions of up to 35% in 
comparison to optimized straight fiber designs [5] 
without loss in buckling capacity; a key design 
driver for aerospace structures. 
While weight reductions offered by CTS are highly 
encouraging, the issue of Barely Visible Impact 
Damage (BVID) has not yet been considered. BVID 
has been shown to reduce straight fiber laminate 
strength by up to 60% from its pristine value. The 
mechanism that causes this is often buckling of 
surface plies, delaminated during impact, driving 
further growth of delaminations and ultimately 
causing failure [6].  In this paper, a steered fiber 
CTS laminate has been optimized, using the infinite 
strip optimization program VICONOPT [7], to 
achieve a realistic buckling load with minimum 
mass. Two panels have been manufactured based on 
this design and this paper reports the first results on 
their response to impact and Compression After 
Impact (CAI) testing. A unique analytical Strip 
model [6] for assessing CAI strength of straight fiber 
laminates, assuming buckling-driven propagation, is 
used to analyze the damage tolerance of the 
optimized CTS laminates. In a companion paper [8] 
the Strip model is incorporated into a minimum 
mass optimization procedure. 

2 Minimum mass CTS panel 

An optimization routine developed in [5] which 
employs the VICONOPT infinite strip method [7] is 
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used to optimize a CTS panel with stacking 
sequence [+θ/-θ/-φ/+φ]S  (where θ and φ vary across 
the panel width, see Fig. 1). Optimization minimizes 
mass subject to buckling and CTS manufacturing 
constraints [4]. Boundary conditions and panel 
dimensions for the optimization are given in Fig. 1. 
Panel dimensions were chosen to allow the use of 
supports conditions similar to those in ASTM 
standard D7137 [9] during experimental CAI testing. 
The material properties E11 = 163 GPa, E22 = 6.8 
GPa, G12 = 3.4 GPa, ν12 = 0.28, G1C = 200 J/m2 and ρ 
= 1584 kg/m3 were assumed. 
A half panel comprising ten unique 5mm strips was 
optimized in the VICONOPT model. The full panel 
being produced by mirroring strips about the mid-
line of the panel, see Fig. 1(a). In each unique strip 
the fiber angle is free to vary (within CTS radius of 
curvature constraints) resulting in a prismatic 
structure with fiber angle varying across the width of 
the panel. A sensitivity study on the number of strips 
was conducted in [5]. Steering of CTS fiber tows 
results in a fiber angle dependent increase in tow 
thickness from t0 (unsheared) to tθ (sheared) where, 
 

tθ	=
t0

sin θ
																																				(1) 

 
Table 1 gives the fiber angles θ and φ and associated 
lamina thicknesses tθ and tφ for each unique 
VICONOPT strip in the optimized design. During 
the manufacturing process interpolation across the 
strips is used to produce a design with continuous 
fiber paths, see Fig. 1(a).  
By steering from low stiffness fibers in the center of 
the panel to high stiffness fibers at the edge, the 
optimized design redistributes load from the center 
of the panel to regions near the boundary that would 
typically be supported by stiffeners, see Fig. 1. 
Angle dependent thickening of tows also 
redistributes stress to the edge of the panel further 
alleviating stress in the center and increasing 
buckling capacity.  

The resulting optimized design buckles at 85kN (εx 
= 6783 microstrain). The optimized panel offers a 
theoretical weight saving of 34% in comparison with 
a straight fiber laminate with ply thickness 0.15mm  
and optimized stacking sequence [45/-45/02/-
45/45/02/90/0]S where optimization was for the same 
support conditions and buckling constraints.  

 
 
Fig. 1 Optimized CTS steered laminate showing (a) 
fiber angle distributions for θ (solid curve) and φ 
(dashed curve) and (b) thickness distribution across 
the width. Sides are simply-supported and loading 
edges clamped. Load is applied as axial strain εx. Strip 
numbers in the top left corner correspond to Table 1. 
 

Table. 1 Optimized CTS steered laminate fiber angle (θ and φ) and lamina thickness (tθ and tφ) for VICONOPT 
discrete optimized design. Strip numbers relate to Fig. 1. 

Strip no. 1 2 3 4 5 6 7 8 9 10 
θ (deg.) 15.6 18.2 23.5 30.0 35.9 41.4 47.6 54.2 59.4 62.7 
tθ (mm) 0.48 0.42 0.33 0.26 0.22 0.20 0.18 0.16 0.15 0.15 
φ (deg.) 14.5 18.4 25.2 32.1 37.7 42.8 50.6 62.5 74.0 80.7 
tφ (mm) 0.52 0.41 0.31 0.24 0.21 0.19 0.17 0.15 0.14 0.13 

(a) 

(b) 
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3 Test methods 

The following section provides details of 
experimental methods for the impact and CAI 
testing of two CTS panels which are based on the 
optimized design of Section 2.  

3.1 Test panel design 
The CTS test panels (see Fig. 2) are an extended 
version of the panel described in Fig. 1. As noted in 
Section 2 the stiff outer regions of the optimized 
panel are highly stressed and integral to the panel’s 
strength. The steep fiber angles in these regions are 
also intolerant to damage [6]. This combination 
makes the outer edges of the design critical for 
damage and hence a near edge location is chosen for 
impact. However, impact too close to the panel edge 
may lead to premature interaction of damage with 
edge effects and supports both during impact and 
compression loading. In order to avoid this, test 
panels were manufactured with an additional half 
panel. Two CTS panels were manufactured from 
7mm wide (in the unsheared state) carbon fiber 
reinforced plastic (CFRP) tape [4]. Material 
properties are the same as those in Section 2. The 
extended panel has a VICONOPT buckling load of 
194kN at εx = 6587 microstrain. 
The CTS process results in one flat laminate face 
(against the tool) and a concave face with varying 
thickness, see Fig. 2(a). Note that the thickness 
variation builds throughout the laminate during lay-
up and does not only exist on the surface. This 
results in an uneven distribution of material about 
the laminate mid-plane. Following cure this uneven 
distribution produces a small curvature across the 
width of the laminate. Central deformation of the 
curvature is toward the flat surface which becomes 
slightly convex. In order to ensure level surfaces for 
contact with vertical supports in the CAI tests, 
additional 10mm wide constant fiber angle regions 
were included in the panel manufacture as shown on 
Fig. 1(a). Similarly, horizontal edges were potted in 
resin to ensure a flat contact at the clamped supports.  

3.2 Impact 

A preliminary impact study indicated that an impact 
energy of 8J produced a suitable level of impact 
damage. Impact was delivered to the non-flat surface 
of the panels by an Instron Dynatup 9250 HV 
instrumented impact test machine employing a

 

 
Fig. 2 (a) Cross-sectional thickness distribution, 
impact window (broken boundary) and panel 
dimensions. The impact point is shown with a dot. (b) 
Ultrasonic C-scan of Panel 2 showing impact damage 
and positions of CAI test fixture supports and strain 
gauges.  

16mm hemispherical tup. During impact, panels 
were clamped over an 75 x 125mm ASTM D7136 
[10] impact window. As shown in Fig. 2 the long 
window edge was aligned with the position of the 
central simple support that would be used in the CAI 
fixture (Fig. 3). This provides consistency in support 
conditions across the impact and CAI tests. In order 
to avoid supports interfering with the formation of 
damage, impact was delivered away from the edge 
of the window. Following impact, C-scan images of 
the damage were taken using an Ultrasonic Sciences 
Ltd. C-scan system and a Nikon XT225H X-Ray 
Computed Tomography (XRCT) system. 

(a) 

(b) 
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3.3 Compression after impact 

A modified CAI fixture based on the ASTM D7137 
standard test fixture [9] was used to hold the panels 
during compression testing, see Fig. 3.  

 
Fig. 3 CAI test fixture. εx is applied vertically. The 
three vertical simple supports and two horizontal 
clamped supports match those shown in Fig. 2.  

The ASTM CAI window is maintained in one half of 
the fixture, see the left hand side of Figs. 2 and 3. In 
a departure from ASTM D7137 top and bottom 
supports were clamped rather than guided to prevent 
edge brooming failures. Note that the cure-induced 
curvature of the panel is restrained along its 
horizontal edge when it is placed in the clamped 
supports. Support positions in relation to the fiber 
distribution and impact location can be seen in Fig. 
2. Compressive displacement was applied to the two 
panels at a rate of 0.1mm/min using an Instron 
5585H electric test machine. Vertical in-plane 
strains were monitored throughout all tests by pairs 
of back-to-back strain gauges placed on areas of 
equal thickness, see Fig. 2. Out-of-plane 
displacement and axial strain of the flat (non-impact) 
face, relative to an unloaded reference state, was 
also captured throughout by a Limess Digital Image 
Correlation (DIC) system employing a stereo pair of 
Photron SA3 cameras. Testing of Panel 2 was 
interrupted following audible cracking and both an 
XRCT-scan and a C-scan were performed before the 
specimen was reloaded and tested to failure. 

 

 

 

4 Results 

4.1 Impact 

Impacts to both panels produced damage that was 
essentially identical in delamination size and 
morphology. As can be seen from the C-scan image 
in Fig. 4(a), overall delamination size was 
considerably larger than might be expected; an 8J 
impact to a straight fiber laminate would typically be 
entirely contained within a 40mm diameter circle. 
Colors in Fig. 4 indicate depth from the non-impact 
surface. Note that the transition of colors within 
individual delaminations indicates a variation in 
depth and hence sublaminate thickness. Post impact 
XRCT scans (Fig. 4(c)) demonstrate that the damage 
morphology has the usual ‘spiral staircase’ pattern of 
interconnected delaminations and interplay cracks. 
The only exception being that one half of the 
delaminations that would normally form in a 
symmetrical ‘peanut shaped’ pair have extended 
toward the stiffened boundary and the steeper fibers 
in this area, see Figs. 2(b) and 4(a). As impact 
occurred on the non-smooth surface of the panels, 
dent depths were difficult to determine but were 
certainly shallower than the industrial threshold 
depth (0.3mm) for BVID. However, visual and 
XRCT inspection identified surface cracking on both 
surfaces following impact, see Fig. 5. This suggests 
that damage may actually be classified as clearly 
visible despite the dent depth. Such cracks followed 
the edges of near surface delaminations. 

4.2 Compression after impact 

Both panels were tested to failure. However, Panel 1 
failed when the central simple support on the impact 
face side gave way following full panel buckling. 
Hence, any analysis of this panel is limited to loads 
well below the failure load. Both panels exhibited 
sublaminate buckling prior to failure as was captured 
on the DIC system, see Fig. 6. Based on 
delamination orientation and vertical position, a 
comparison of Figs. 2(b), 4 and 6 indicates that 
sublaminate buckling occurred above a delamination 
at the first interface. From the outset of loading, out-
of-plane deflection of the panel in the same direction 
as the sublaminate buckle and initial panel curvature 
(toward the flat face) occurred. This deflection 
continued to grow until failure. Figure 7 shows a 
comparison of average strain gauge readings versus 
load for all three tests on Panels 1 and 2.   
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Fig. 4 (a) C-scan of damage in Panel 2 prior to CAI testing. (b) XRCT scan of Panel 2 showing damage extent 
following failure. (c) Cross-sections at locations AA, BB, CC and DD through (b); left hand images are following 
impact and right hand images following failure. Non-smooth rectangular areas on the surface of the 3D view are 
artifacts of the visualization process. 
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Fig. 5 XRCT scan of impact surface showing extent of 
crack growth following the first loading of Panel 2. 

The theoretical VICONOPT load-strain line is also 
shown. Figure 8 shows the strain gauge output 
versus load plot for Panel 2 during its first loading. 
Gauges 3 and 4 (see Figs. 2(c) and 8) were located 
in line with the damage and hence the lower strains 
recorded by this pair of gauges are expected. A 
change in stiffness of these gauges at approximately 
35-40kN corresponds with detection of sublaminate 
buckling on the DIC images (37kN). Divergence in 
strain gauge output between 70 and 85kN and the re-
stiffening that follows are a consequence of full 
panel buckling being prevented by the central simple 
supports. From 90kN onward, kinks in strain gauge 
traces in Fig. 8 are characteristic of damage events 
and were accompanied by cracking sounds. The first 
loading of Panel 2 was halted at 126kN following 
significant cracking sounds. XRCT scans taken 
when the test was halted indicate that an existing 
surface crack on the impact face had extended 
toward the central simple support, see Fig. 5. The 
crack had also joined with delaminations close to the 
non-impact face, creating a crack running through 
almost the entire thickness of the panel. However, 
in-line with DIC data, preliminary interrogation of 
ultrasonic C scans and XRCT scans taken when 
testing of Panel 2 was halted revealed no obvious 
sign of delamination growth, i.e. the surface crack 
extension does not appear to be linked to 

delamination growth. Following the scans on Panel 
2 it was reloaded until failure occurred. The failure 
loaded reached (122kN) was slightly below the 
previous peak load (126kN).  

 
Fig. 6 DIC images of impacted area of Panel 2 (a) 
showing the early stages of sublaminate buckling and 
bending deformation, (b) immediately prior to the first 
loading being halted. Central areas (red) are closer to 
the reader. The LED screen displays the compressive 
load in kN. Broken lines are approximate positions of 
simple supports from Fig. 2(b). 

Although the mechanism for failure was 
indeterminate, there was visible evidence of edge 
and sublaminate buckling-driven failures.  

A B 

A B 

Sublaminate 
buckling 

Initial crack 
(18 mm) 

Extended crack 
(18.6 mm) 
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COMPRESSION AFTER IMPACT STRENGTH OF A BUCKLING RESISTANT, TOW STEERED PANEL

 
Fig. 7 Load vs. average strain gauge readings for 
Panel 1 and both Panel 2 test runs. Theoretical 
VICONOPT stiffness is also shown. End of test load: 1 
at 95kN, 2a at 126kN and 2b at 122kN. 

Figure 4 shows XRCT images of Panel 2 following 
failure with cross-sections near the impact point. 
Sublaminate buckling and delamination growth is 
evident at the 1st and 3rd ply interfaces from the top 
(non-impact) surface. Delaminations are also seen to 
bridge multiple depths i.e. cross-section AA in Fig. 
4(b) shows a buckled sublaminate made up of a 

varying number of plies. However, whether 
delamination growth caused failure or was instead 
caused by another failure event remains unclear. 

5 Strip model for CAI analysis of CTS laminates 

A unique Strip model for calculation of the threshold 
strain εth, below which sublaminate buckling-driven 
delamination propagation will not occur in a straight 
fiber laminate, has previously been presented [6]. As 
a precursor to application to laminates with steered 
fibers, straight fiber laminates artificially 
delaminated to produce various [±θ] sublaminate 
configurations have been tested and analyzed [11]. 
Here a brief overview of the Strip model is provided 
together with the assumptions required to employ it 
in the analysis of CTS laminates. In the following 
subscript L is used for laminate variables where 
laminate refers to the full laminate. Similarly, SL is 
used for sublaminate variables. Sublaminate refers to 
a thin stack of one or more plies, separated by 
delamination but which remain connected to the 
laminate along the perimeter of the delamination. 

5.1 Strip model for straight fiber laminates 

The Strip model assumes that delaminations 
resulting from impact damage (intraply cracking is 
ignored) can be approximated by a circle containing 
the full extent of each individual delamination. It is 
also assumed that each of these circles can be 
considered in isolation from the others, i.e. the 

1 

2a 2b 

 
Fig. 8 Load vs. strain gauge readings for Panel 2 test 1. The inset shows strain gauge locations, also see Fig. 2(c). 
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material around the delamination is assumed to be 
pristine. Loading of sublaminates is via an axial 
compressive strain εx applied to the laminate and a 
transverse strain εy resulting from the Poisson’s ratio 
of the laminate. For a fully coupled sublaminate,  
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(2) 

 
The left hand vector gives the loads/moments acting 
on the sublaminate as a result of the laminate strains. 
It is assumed that the overall laminate is symmetric 
and balanced and hence is uncoupled and has no 
curvature. Compatibility with the laminate ensures 
that the sublaminate also has zero curvature. The in-
plane sublaminate loading (i.e. sublaminate coupling 
effects producing moments are ignored) is input into 
the infinite strip program VICONOPT where a 
transcendental eigenvalue problem is solved to 
produce buckling modes and values of sublaminate 
buckling strain [12]. The lowest strain is taken as the 
critical sublaminate buckling strain εC. Once 
sublaminate buckling strains have been established 
for all delaminations, εth can be calculated, 
 

휀 = 휀 4 +
2퐺

퐴 (휀 )
− 1 													(3) 

 
Here A11 is the axial stiffness of the sublaminate 
parallel to the loading axis and GIC is the strain 
energy release rate required to cause mode I fracture 
of the resin. The delamination/sublaminate with the 
lowest value of εth is the threshold strain for the 
laminate. 

5.2 Application to CTS laminates 

An analysis of the location of impact damage in Fig. 
2(b) indicates that the extent of the damage is 
contained almost entirely within a 15mm wide band. 
Comparison with Table 1 and Figure 1 indicates that 
this band coincides with strips 3, 4 and 5 in Table 1. 
Hence, as a first approximation, the average of the 
fiber angles and lamina thicknesses of these strips is 

used to establish an equivalent straight fiber 
problem. The resulting straight fiber problem has 
stacking sequence [+29.8/-29.8/-31.7/+31.7]S and 
lamina thicknesses tθ = 0.270 mm  and tφ = 0.253 mm 
respectively. Strip model results are given in Table 
2. Diameters for the assumed circular delaminations 
are given by the measurements in Fig. 4. Note that 
the 2nd interface will not delaminate as plies 2 and 3 
have essentially parallel fibres. 
Table. 2 Strip model and local experimental 
microstrain results for buckling (εC) and propagation 
(εth) at the 1st and 3rd interfaces. The experimental 
propagation strain εth is the local strain at failure. 

Interface 1 3 
εC  Strip model  826 3451 

Experimental 960 - 
εth  Strip model  3428 3828 

Experimental 3960 

6 Discussion 

6.1 Impact damage 

Impact size and morphology were found to be 
repeatable suggesting a consistency of 
manufacturing quality was achieved. The 
unexpectedly large extent of delamination (probably 
a consequence of the relatively low fracture 
toughness of the matrix) suggests that damage 
resistance for this particular CTS design may need 
improving. However, this is somewhat offset by the 
extent of surface cracking (also linked to low 
fracture toughness) which makes impact damage 
more visible. The implication being that a lower 
energy impact and thus area of damage will be 
correlated with BVID. The proximity of the support 
to the impact point and the unequal distribution of 
thickness across the impact window, producing a 
more flexible area away from the impact, is thought 
to account for the elongated shape of some 
delaminations. The cure-induced curvature of the 
laminate will also have contributed to this effect. In 
this case, the laminate curvature means impact is on 
a concave face and hence a softened response would 
occur. However, impact to the flat surface would 
occur on a convex face resulting in a stiffer response 
and larger damage area. Thus the CTS panel may 
have a preferential direction for impact. A 
comparison can be drawn with impact on curved 
shells. The asymmetric nature of the panel means 
that impact on the flat face of the panel should be 

ICCM19 4967



 

9  

COMPRESSION AFTER IMPACT STRENGTH OF A BUCKLING RESISTANT, TOW STEERED PANEL

considered before final conclusions are made about 
the damage resistance of the panel. The non-smooth 
surface of the impact face means that ultrasonic 
inspection of damage may not be possible in-service. 

6.2 Compression after impact 

Sublaminate buckling above the first interface was 
detected on the DIC system at approximately 37kN. 
As shown in Fig. 5 the sublaminate buckle formed 
on a convex surface. This Convexity increased with 
increasing εx and thus the local strain around the 
delaminated area became increasingly divergent 
from the average of the 6 strain gauges, i.e. the far-
field strain. Hence, the average of the strain gauges 
(960 microstrain) in line with the damage is used to 
approximate the local strain at sublaminate buckling. 
Table 2 shows the Strip model result for sublaminate 
buckling above the first interface is conservative and 
within 14% of the experimental value.  
Cracking sounds and growth of a crack on the 
impact face of the laminate were noted during the 
tests on Panel 2. However, it is not clear what, if 
any, effect this had on the failure of the panels. No 
delamination propagation was detected prior to 
failure. However, failure was sudden and hence 
delamination growth could have occurred and led to 
immediate failure. This would not have been 
captured by the DIC system which was capturing 
one image per second during the tests. Additionally, 
a post-test XRCT inspection (Fig. 4) of Panel 2 
indicates that both edge stresses [14] and (buckling-
driven) delamination propagation on the non-impact 
face may have played a role in the failure.  For 
instance, Figs. 4(b) and (c) show significant 1st and 
3rd ply delamination growth below buckled 
sublaminates, although growth is also seen at other 
interfaces. Buckled sublaminates with regions that 
are 1, 2 and 3 plies thick are visible on Fig. 4(c), 
indicating crack jumping between interfaces has 
occurred. Sublaminate buckling-driven delamination 
growth or an alternative failure mechanism may 
have occurred on the unmonitored impact surface.  
The lower strain around the buckled sublaminate 
implies that less energy than is suggested by the far-
field strain will be available to cause delamination 
propagation [15]. With this in mind, at failure, the 
average of the pair of strain gauges in-line with 
damage was 3960 microstrain. Similar values were 
captured in the vicinity of the edge of the buckled 
sublaminate by the DIC system. Strip model results 

for growth at the 1st and 3rd interfaces are 
conservative and within 14% and 4% respectively of 
this local experimental value, see Table 2. Although 
there is both experimental and analytical evidence 
for a sublaminate buckling-driven failure it is not 
clear whether this mechanism drove or was driven 
by other failure events. However, irrespective of the 
failure mechanism, the damage tolerant strains 
suggested by the Strip model were indicative of the 
panel strength and as such provide a basis for 
optimisation for damage tolerance of other CTS 
panels. The far-field strain at failure of Panel 2 was 
4670 microstrain which is comparable with a typical 
damage tolerant strain allowable for an aerospace 
composite panel but below the design strain of 6587 
microstrain. Hence, there is a necessity to 
incorporate damage tolerance into the optimization 
procedures in Section 2. This is undertaken within a 
companion paper [8].  

7 Conclusions and future work 
The infinite strip program VICONOPT was used to 
optimize a CTS panel for minimum mass and a 
buckling load constraint. A theoretical 34% 
reduction in mass was achieved in comparison to an 
optimized straight fiber design. Two panels, based 
on this design, were manufactured using a 
Continuous Tow Shearing (CTS) technique. 
Preliminary impact tests and analysis using a unique 
Strip model identified highly stressed near-support 
locations as likely to show poor damage resistance 
and critical damage tolerance.  In subsequent 
compression after impact testing, failure occurred at 
an axial strain of approximately 4700 microstrain; a 
strain comparable with current damage tolerant 
strain allowables. However, the design strain of 
6587 microstrain was not reached and thus the 
panels cannot be considered damage tolerant to this 
level of strain. The mechanism for failure was 
difficult to ascertain as evidence for sublaminate 
buckling-driven delamination growth, intraply 
cracking and edge failure were present on XRCT 
scans. The cure-induced curvature of the panel 
meant that the sublaminate buckling occurred on a 
convex face. This lowered local compression strains 
around the buckled sublaminate and hence increased 
the applied strain at which delamination propagation 
would occur. However, an analysis based on 
sublaminate buckling driven failure using a unique 
Strip model delamination propagation strain 

ICCM19 4968



predictions were conservative and within 14% for 1st 
interface propagation and 4% for 3rd interface 
propagation of the local strain captured by DIC and 
strain gauges at failure. A companion paper [8] takes 
advantage of this accuracy by integrating the 
optimization of CTS panels with the Strip model and 
produces a much improved damage tolerant design 
with a minimum weight penalty.  
Impact to the opposite face of the panels, owing to 
the through-thickness asymmetry of the panel and 
the resulting cure induced curvature, would produce 
a stiffer response to impact, leading to a larger 
damage area. Additionally, in this case, sublaminate 
buckling would occur on a concave face thereby 
increasing local compression (in comparison to the 
applied strain) and thus the likelihood of premature 
failure. Hence the damage tolerance of the panel 
requires further investigation. 
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Abstract  

Infrared thermography is a largely studied technique 

used for non-destructive testing and evaluation. One 

of the most popular applications is the assessment of 

flaws in composite materials. However, in this paper 

we present another application which aims to assess 

fiber content in composites instead. More 

specifically a “laser spot” technique, that we call 

Pulsed Thermal Ellipsometry (PTE), is used to 

assess fiber orientation on the surface of a 

carbon/PEEK (Polyether ether ketone) laminate. 

Incremental changes on the angle of incidence of 

camera optical axis are used to simulate inspection 

of complex shaped parts and demonstrate the 

feasibility of PTE to inspect parts of this type. 

1 Introduction  

The use of composite materials (CM) is growing 

more and more every day in several applications, 

especially in aeronautic structures. The arrangement 

or orientation of the fibers relative to one another, 

the fiber concentration, and the distribution all have 

a significant influence on the strength and other 

properties of fiber reinforced composites. Thus 

testing techniques must be developed to assess fiber 

content. Destructive methods can be employed to 

evaluate the fiber on a composite, e.g. cutting a 

section of the material, polishing the area and 

evaluating it with microscopy. However, the 

destructive approach is not always an option since 

the sample will be damaged after inspection and 

probably unfit for use. Thus, Non-Destructive 

Testing and Evaluation (NDT&E) techniques must 

be employed in some cases to assess the material's 

fiber content. 

Infrared Thermography (IT) is a well-known and 

widely used NDT&E technique for composite 

material inspection. In active IT an external heat 

source is used to stimulate the material being 

inspected in order to generate a thermal contrast 

between the feature of interest and the background. 

The active approach is adopted in many cases given 

that the inspected parts are usually in equilibrium 

with the surroundings [1]. Qualitative and 

quantitative assessment of flaws is a very popular 

application of IT for CM. However there are others 

such as fiber orientation assessment. In this work we 

apply IT to assess fiber orientation on a sample's 

surface. More specifically a "laser spot" technique, 

that we call Pulsed Thermal Ellipsometry (PTE), is 

used to assess fiber orientation on the surface of a 

carbon/PEEK sample. Incremental changes on the 

angle of incidence of camera optical axis were 

used during experiments to simulate the inspection 

of complex shaped parts demonstrating the 

feasibility of PTE to inspect complex shaped parts. 

2 Pulsed Thermal Ellipsometry - PTE 

More than one century ago, De Senarmont [2] 

applied a thermal approach to determine the 

principal orientations in crystal plates: he covered 

them with a thin layer of wax, heated them over a 

small spot and monitored the isotherm shape 
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revealed by the solid/liquid transition contour 

appearing in the wax layer. The isotherm proved to 

be elliptical and its aspect ratio is related to the 

square root of the principal conductivities in the 

surface plane. 

This method, referred to later by Krapez [5-8] as 

“Thermal Ellipsometry”, was later used for various 

applications (with, of course, up-to-date 

experimental equipment) by means of 

thermography. It was applied on polymer materials 

to establish a correlation between their draw ratio 

and the induced thermal anisotropy. It was also used 

to evaluate the fiber orientation in the case of 

composite materials using short or long carbon 

fibers. For the latter problem, authors like Aindow 

[3] and Cielo [4] showed that heat propagates faster 

in the longitudinal direction of fiber on the surface 

of fiber reinforced laminates. In [3], Aindow et al. 

detected local anisotropy in CFRP (nylon-66) 

injection mouldings by two methods: thermography 

using infrared scanning, which reveals anisotropy of 

thermal conductivity, and polarized shear-wave 

ultrasonic showing elastic anisotropy. For the 

thermographic method, they recorded isotherms 

formed around a point source of heat on a plane 

surface (heat was applied for a period of 15 seconds) 

using an infrared imaging camera. The isotherms 

that they observed were ellipses of which the ratio of 

lengths of the principal axes (b/a) are proportional to 

the square root of the ratio of thermal conductivities. 

They assumed that the longest dimension of the 

counter in each picture indicated the major axis of 

thermal conductivity in the surface, which in turn is 

related to the direction of fiber orientation.  

Cielo et al. presented in [4] a comparative review of 

a number of optical techniques for the 

characterization of non-metallic materials. One 

possibility reported by them is the evaluation of 

phase (or fiber) orientation in stretched polymer 

films or in composites by an analysis of the thermal 

propagation pattern. A typical configuration is 

shown in Fig. 1. They spot-heated the inspected part 

by a narrow laser beam and the resulting heat-

propagation pattern was analyzed by an IR camera. 

If the material is oriented, such as the unidirectional 

graphite-epoxy sheet they inspected, an elliptical 

thermal pattern is observed, with the ratio between 

the two principal axes (b/a) being related to the 

square root of the thermal conductivities in the 

longitudinal and transverse directions. A test on an 

isotropic material would give a circle instead of an 

ellipse. They illustrated this approach showing 

results from two 8-ply unidirectional NARMGO 

5217 sheets spot heated for a period of 20 seconds 

with a 0.5 W laser.  

A more detailed theoretical analysis was later 

undertaken through an analytical treatment of 

thermal diffusion in laminates made of orthotropic 

layers assuming the surface is submitted to 

concentrated heating by Krapez in [5]. Three 

temporal regimes were considered in that study: 

steady-state regime, transient regime (as obtained 

during step heating), and modulated regime (in order 

to analyze how the so-called thermal waves 

“propagate” in orthotropic laminates). Experiments 

were performed on carbon-epoxy laminates for all 

three regimes. In [6], Krapez used the same theory 

(thermal anisotropy measurements method which 

consists in analyzing the shape of the isotherms 

which develop around a heated spot) to develop a 

thermal inversion method to infer thickness of skin 

and core layers of a 3-layer carbon/epoxy laminate. 

 

Fig 1 - Thermal analysis laser heat pulse of fiber 

orientation in composite material 
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In [9], Karpen et al. used lock-in thermography 

(harmonic thermal waves) to probe orientation fields 

of carbon fibers both along the surface and in depth 

at low modulation frequencies and within a short 

time. Later, in [10] he developed a theoretical model 

in order to correctly interpret the measurements. 

3 Numerical simulations 

The finite element method is a powerful numerical 

tool that enables the solution of complex nonlinear, 

nonsymmetrical mathematical problems governed 

by partial differential equations such as the one of 

heat transfer by conduction, convection and 

radiation with temperature dependent thermal 

properties of materials involved. In order to solve 

the given differential equation, a 2D model of the 

sample’s surface geometry corresponding to the 

tested sample was defined and its calculation domain 

divided into finite elements that represent base 

elements on which the equation solutions are found. 

The numerical modeling was performed using the 

software COMSOL Multiphysics
®
 4.3 from Comsol, 

Inc. 

The purpose of this numerical simulation was to 

verify the feasibility of the PTE for the inspection of 

materials such as carbon/PEEK. Parameters used in 

the simulation that concerns heat transfer are 

         
 

  
  and           

 

  
  are the 

thermal conductivity values parallel (y-direction) 

and perpendicular (x-direction) to the fibers, 

respectively,         
  

    is the density,   

     
 

  
   is the specific heat of the material 

(taken from Ageorges et al. 1998 [11]). It is not the 

aim of this paper to discuss the numerical 

simulation. Thus, just a snapshot of the thermal 

pattern formed on the surface is shown in Fig. 2. It 

shows that PTE enables the assessment of fiber 

orientation on the surface of our Carbon/PEEK 

laminate. 

4 Experiments and Results 

The sample used during the experiments is a 

laminate moulded with Carbon/PEEK plies. It has 

48 plies oriented in 0° and 90° directions 

consecutively ([0/90]24). The final consolidated plate 

 

Fig. 2 – 2D simulation of thermal ellipitcal pattern 

formation on the surface of an orthotropic material. 

Fiber is oriented in the direction of the ellipse’s major 

axis as it was expected. 

 
Fig. 3 - Photo of sample's surface 

Table 1 - Parameters used in the experiment 

Parameter Value 

Diode-laser frequency 805 nm 

Beam power used 5W of 30W 

Shooting duration 0.1 seconds 

Spot size on plate's 

surface 
3 mm 

Recording time 20 seconds 

Image used to extract 

fiber orientation 

0.2 seconds after beam 

had stopped 
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is 5mm thick (thus each ply is approximately 

0.125mm thick), it has a length of 5cm and width of 

5cm. Fig. 3 shows a picture (in the visible spectrum) 

of the sample’s surface. Notice that the direction of 

fiber orientation on the first layer was written on the 

right-bottom corner by the manufacturer.  

The sample was inspected by PTE using a diode-

laser spot as the stimulation source. The sample was 

placed in front of the laser beam and a plano-convex 

lens was placed between the laser beam and the 

plate. The lens was used to focus the beam in a small 

spot. The angle of incidence of the laser beam with 

the plate’s surface, i.e. the angle between the 

incident beam on a surface and the line 

perpendicular to the surface at the point of 

incidence, was 0° while the camera optical axis 

angle of incidence was 15°, i.e. the angle between 

the camera optical axis and the plate's normal to the 

surface. A short pulse was shot heating a small circle 

area on the plate's surface. Then, the heating and 

cooling down process were recorded using a mid-

wave infrared camera (MWIR). As mentioned 

before, the pattern formed on the plate’s surface is 

elliptical in anisotropic materials, which is the case 

of Carbon/PEEK composite and the ellipse major 

axis is related to the fiber orientation. The 

parameters used in this experiment are listed in 

Table 1. Fig. 4 shows the experiment set-up. 

The experiments were divided into two steps. First, 

in order to verify if the fiber orientation on the 

plate’s surface was really 0°, we performed the 

experiment with the plate positioned as it is in Fig. 

3. Thus, the first layer had fibers oriented at 0° with 

respect to the x-axis. Then, the plate was rotated 90° 

(clockwise, around the y-axis shown in Fig. 4) in 

order to have fibers oriented at 90° and we 

performed the experiment again. Theoretically, the 

ellipse’s major axis of these two measurements 

should be 90° apart. Second, we kept the sample in 

one fixed position where fibers in the surface had a 

0° orientation with respect to the x-axis. Then, we 

used incremental changes on the angle of incidence 

of camera optical axis to evaluate its effect on the 

thermal pattern formed on the sample’s surface and 

evaluate what would be the maximum angle of 

incidence that would not make the PTE technique 

inapplicable (as mentioned before, these angle 

measurements were performed to determine the 

feasibility of the technique in inspecting complex 

shaped parts).  

4.1 First experiment 

In the first experiment the plate was first heated in a 

horizontal position (thus the fiber orientation on first 

layer was 0°) and then heated in a vertical position 

(rotating it 90° clockwise so that the fiber orientation 

on the first layer was 90°). This first experiment 

showed that with the laser spot technique one can 

 
Fig. 4 – Experiment set-up 

  
        (a)                                       (b) 

Fig. 5 – (a) Fiber orientation: 0°. (b) Fiber 

orientation: 90°. 

Table 2- Ellipse’s major axis orientation measured 

during the first experiment 

Plate’s 

position 
Horizontal Vertical 

Measured 

angle 
0.65° 89.52° 

 

ICCM19 4973



 

measure the fiber orientation on the surface of a 

carbon/PEEK plate. Fig. 5 shows each image from 

each inspection used to analyze the fiber orientation. 

The ellipse’s major axis was drawn on each image 

and Table 2 shows the ellipse’s major angles 

measured in each inspection.  

4.2 Second experiment – angle measurements 

In this experiment the plate and laser beam were 

maintained stationary. The laser beam angle of 

incidence was 20° in this second experiment. Then, 

the angle of incidence of the MWIR camera was 

incrementally increased to conduct angle 

measurements. For the first measurement the camera 

optical axis angle of incidence was 0°. Subsequently 

measurements were carried out increasing the angle 

of incidence 15° each time. Thus the tested angles 

were 0°, 15°, 30°, 45°, 60° and 75°. Fig. 6 shows a 

schematic drawing of the experiment were β is the 

camera optical axis angle of incidence. 

For the second experiment, parameters concerning 

beam shooting duration, recording time, and others 

were the same used in the first experiment and are 

 
Fig. 6 – Angle measurements experimental setup. 2D 

schema where α is the laser beam angle of incidence 

and β is the camera optical axis angle of incidence. β 

ranges from 0° to 75°. 

 
(a)                                         (b) 

 
(c)                                         (d) 

 
(e)                                         (f) 

 
(g)                                         (h) 

Fig. 7 – Measured ellipses after 0.2s with four 

different camera optical axis angle of incidence. 

Red line indicates ellipse's major axis while the cross 

represents ellipse centroid. The left image is the 

original thermogram and the right image is the 

processed ellipse used to calculate its orientation. 

Angles of incidence: (a-b) 0°, (c-d) 15°, (e-f) 30° and 

(g-h) 45° 

Table 3 - Camera rotation x Ellipse orientation 

Camera 

rotation 

Ellipse’s major 

axis orientation
1
 

0° -0.05° 

15° -0.17° 

30° -2.59°  

45° -4.63° 

             
1
 regarding x-axis 
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listed in Table 1. For the six tested angles, the last 

two did not produced accurate measurements. Thus 

they are not reported here. Fig. 7 shows the ellipses 

for each successful measured angle (thermal image 

and correspondent ellipse) and Table 3 shows for 

each tested angle of incidence its respective ellipse 

orientation related to the fiber orientation on the first 

layer, that is 0°. 

An extra test was performed at the end of this 

experiment. The effect of changing the laser beam 

angle of incidence was briefly investigated. 

Previously, the camera optical axis angle of 

incidence was changing and the laser angle of 

incidence was maintained stationary (20° angle with 

plate’s normal to the surface). Now for this test, we 

kept the camera stationary and increased the laser 

beam angle of incidence. The goal of this test was to 

check the maximum angle between the laser beam 

and the plate's normal to the surface which would 

not render the technique unfeasible. It can be 

concluded that PTE works well up to 60° for the 

laser beam angle of incidence. In Fig. 8, for 

example, the laser beam angle of incidence was 

α=75°. When α is above 60°, there was not enough 

heat hitting the surface in order to produce the 

elliptical pattern. Thus, since there is no ellipse, it is 

not possible to calculate the fiber orientation by 

PTE. 

5 Discussion 

The first experiment confirmed what was expected 

from the literature and from numerical simulation. 

Fig. 5 shows the same position of the plate’s surface 

heated while the sample was in two different 

positions: horizontal and vertical. In that case the 

ellipse’s orientation is expected to be 90° apart. 

Measurements showed the ellipses to be 88.87° 

apart. This error of 1.13° is negligible and we 

consider PET a reasonable technique for fiber 

orientation measurement. 

The second experiment was designed to stress the 

technique in terms of its capability measuring 

complex shaped parts. A flat sample was used in the 

experiments thus incremental increases on the 

camera optical axis angle of incidence were used to 

simulate measurements in angled parts. It can be 

said that even with an angle of incidence greater 

than 0°, the fiber orientation on the plate's surface 

can still be measured with PTE. It can also be said 

from the measured ellipses that the smaller the angle 

of incidence, the more precise the ellipse orientation 

will be, regarding fiber orientation. For example, in 

the second experiment the fiber orientation on the 

surface was 0° with respect to the x-axis. PTE  

measurement conducted with an angle of incidence 

of 0° resulted a measured ellipse orientation of         

-0.05° (very close to 0°) while with an angle of 

incidence of 45° the measured ellipse had an 

orientation of -4.63° (but still close to 0°). 

The orientation of the ellipse’s major axis is 

expected to be shifted when it is a change on the 

camera optical axis angle of incidence (such as in 

the case of the experiment reported in Table 3). This 

is due to the perspective effect. A picture taken from 

a front view will be separated by a perspective 

projection (a matrix multiplication) from a picture 

taken in an angled view. The script used to calculate 

the ellipse’s orientation treats both images in a 

similar manner. Thus, a (small) difference in the 

ellipse’s major axis orientation is expected. 

 

Fig. 8 - High laser beam angle of incidence do not 

generate enough heat on plate’s surface for the PTE 

technique. In this case α=75° 
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In a central projection camera model, a three-

dimensional point in space is projected onto the 

image plane by means of straight visual rays from 

the point in space to the optical center (such as the 

human eye). This process can be described 

mathematically by a projection matrix P, which 

takes a point in three-dimensional space and 

transforms it into a point on the two-dimensional 

image plane. The projection matrix P can be 

computed from the external and internal camera 

parameters, such as its position, orientation and focal 

length. 

In the case where planar surfaces are imaged, the 

transformation is called a plane-to-plane 

homography (a simpler matrix H). If the 

homography between a plane in the scene and the 

plane of the image is known, then the image of the 

planar surface can be rectified into a front-on view. 

The homography can be computed simply by 

knowing the relative position of four points on the 

scene plane and their corresponding positions in the 

image [12]. Thus, the small error reported in Table 3 

may be corrected by applying a homography in the 

infrared image before extracting the ellipse’s 

orientation.  

6 Conclusions and future work 

In this work infrared thermography was used for 

non-destructive characterization of composite 

materials. The feasibility of Pulsed Thermal 

Ellipsometry (PTE using a laser spot pulse as 

excitation source) was tested and shown to measure 

fiber orientation on the surface of a carbon/PEEK 

specimen. Angle measurements, due to changes on 

the angle of incidence of the camera optical axis, 

were performed in order to simulate the evaluation 

of complex shaped parts (angled parts). It was 

shown that it is possible to measure fiber orientation 

precisely up to a certain angle of incidence. Fig. 9 

shows a schematic example of a L-bracket part 

inspection that could be conducted using PTE. 

Future work includes investigation of the potential 

of angle measurements to assess fiber orientation in 

deeper layers.  
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1 Introduction 

Composite materials are widely used in many fields 

such as aircraft, defense industry etc. because of its 

high specific strength, specific stiffness compared 

with metallic materials. However, composites occur 

brittle fracture easily different from ductile metals 

and have various damage modes. It is important to 

investigate impact behavior for composite materials 

especially used  in aircraft structures because of their 

decline mechanical characteristic subjected to 

external impact[1]. The quasi-static perforation 

behavior of composite materials represents the 

energy absorbing capacity of the structure under 

transverse loading without dynamic and high strain 

effect[2]. Thus, actually absorbed energy obtained 

through quasi-static perforation equation differs 

from the energy that absorbed during ballistic impact.  

The models for kinetic energy of specimen are 

derived based on the previous other researcher’s 

results and examined. Morye et al.[3] classified three 

major components for composite as 1) tensile failure 

of the composite 2) elastic deformation of the 

composite 3) the kinetic energy of the moving 

portion of the composite. In this paper, we classify 

absorbed energy into a composite laminates as static 

term and dynamic term. The static term[2,4,5] are 

obtained by quasi-static perforation equation and 

dynamic term obtained by using the modified kinetic 

energy model based on Morye’s work. Finally, we 

examined and compared absorption energy using 

theoretical model with high-velocity impact test[6]. 

The high-velocity impact test is conducted by 

powder gun under the different test conditions(i.e. 

bullet diameters = 7.79mm, 5.59mm, initial velocity, 

Vi= 600m/s, 800m/s). The amount of penetration  

 

energy varies by specimen thickness, mass of 

projectile and usually tends to increase for the 

thicker composite specimen. After ballistic impact 

test, we examine damage area of specimens by using 

C-Scan[7]. The absorbed energy in specimens 

during penetration are calculated by using the 

difference between initial velocity and residual 

velocity of projectile, and compared with the results 

predicted by kinetic energy model. 

 

2 Theoretical model 

2.1 Absorbed Energy (    ) based on Projectile 

The absorbed energy of impacted specimens are 

calculated by using the difference between initial 

and residual velocity of projectile as shown Eqn.(1)  

in general.   

     
 

 
     

    
                                    

 

However, the loss of projectile should be considered 

when the projectile is not rigid body but deformable 

body in such this study.  The loss of projectile mass 

can be observed through the high speed camera 

image before and after penetration as shown in Fig.1. 

The absorbed  energy is defined such as Eqn.(2). 

     
 

 
     

      
    

 

 
    

              

                                      

 

Where mi , mr , me are initial mass, residual mass, 

and  mass loss of projectile, respectively and Ve is 

the velocity for  lost mass of  projectile. The kinetic 

energy for lost mass of  projectile is Eqn.(3). 
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It is impossible to calculate the velocity for the lost 

mass of projectile in macroscopically and their 

kinetic energy are calculated under 5 different 

assumed  velocities of lost mass such as 0%, 25%, 

50%, 75%, 100% of residual velocity.  The 100% 

velocity means rigid projectile and the 0% velocity 

means the kinetic energy for  lost mass is absorbed 

completely by composite laminates. 

 

2.2 Absorbed Energy (    ) based on Composite 

Lamintes 

In this paper, we conducted modeling for predicting 

absorbed energy in composite laminates subjected 

high-velocity impact. We classify absorbed energy in 

composite laminates as static term (    ) and 

dynamic term (   ). The total absorption energy in 

composite laminates (    ) is given by  

                                       

 

The dynamic term is divided into kinetic energy of 

deformed specimen(Econe) and kinetic energy of 

particulates(Eparticle) separated from specimen. The 

models for kinetic energy of deformed specimen are 

derived based on the previous other researcher’s 

results[3] and the model for the kinetic energy of 

particulates was proposed based on the probabilistic 

approach. 

 

2.2.1 Quasi-static equation (   ) 

Wen and Jone[4] defined the absorbed energy of 

composite laminates as sum of the localized 

absorption energy (   ) and global deformation 

energy of composite (  ). 

                                     

 

where    is absorption energy until composite 

laminates is perforated. 

In this paper, the formula of perforation energy on 

hemispherical indentor is given by 

      
  

   

 
   

 

 
 
  

 
 

 
 
  

                         

 

where     is failure stress of composite laminates,    

is fracture strain by tension, d is diameter of indentor, 

T is thickness of composite laminates, D mean 

radius of constraint and         are experimental 

constants. 

 

2.2.2Modified kinetic energy of the cone formed on 

the back face of the composite upon ballistic 

impact(     ) 

According to paper of Morye et al.[4], kinetic energy 

of the moving cone is given by 

      
 

 
    

                                                        

 

where    is mass of moving cone,    is velocity of 

moving cone.  Mass of moving cone is given by 

      
                                                      

 

   is assumed that     is equal residual velocity of 

impactor. Thus, kinetic energy of the moving cone is 

given by 

      
 

 
   

     
                                              

 

In this paper, we modified the kinetic energy of 

moving cone based on Morye’s model. Thus, we 

regard velocity of cone as function of radius of cone 

formed on the back face of the composite laminates 

rather than constant velocity. We assume that the 

cone formed on the back face of the composite 

laminates is equal to the measured radius of damage 

area by using C-scan. 

  

(a) case1 (0 < Rc < R) 

First case, we defined integral interval from center 

of cone to radius of cone formed on the back face of 

the composite laminates. The velocity function on 

radius of cone is given by 

     
  
 
                                                  

 

where    is residual velocity of impactor, R is radius 

of damage area and r is integral variable. 

Using the equation (9), we defined the kinetic 

energy of moving cone in the form of integral 
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(b) Case2 (Ri < Rc <R) 

Second case, we defined integral interval from 

radius of impactor to radius of cone formed on the 

back face of the composite laminates. Thus kinetic 

energy of moving cone (     ) is given by 

        
 

 
  

 

 
     

        
  

 

 

  

                

 

where    is radius of impactor. 

The second term, we should consider kinetic energy 

of rest of cone part that has same velocity of 

projectile.  

        
 

 
       

                                      

 

Thus, the kinetic energy for the deformed moving 

cone is given by  

                                                       

 

2.3 Kinetic energy of the particulates separated 

from composite laminates due to ballistic 

impact(         ) 

The model for the kinetic energy of particulates was 

proposed based on the probabilistic approach.  

Based on the high-speed camera images, the 

velocities of the particulates separated from 

specimen are assumed to be normal distribution 

between initial and residual velocity of projectile  

and kinetic energy are calculated. 

 

3 Experimental Procedures  

3.1 Materials 

Used specimen in the this paper used carbon/epoxy 

unidirectional prepreg(USN 150B, SK chemical). 

The size of specimen is 87.5X87.5mm and 

150X150mm. The stacking sequence is [45/0/-

45/90]ns and thickness provided three different 

thickness of 4.66mm, 6.9mm and 9.29mm. In case 

of 6.9mm used specimen of 150X150mm and the 

rest used specimen of 87.5X87.5mm. Material 

property of prepreg is shown in Table 1. 

3.2 High-velocity Impact Test 

High-velocity impact test equipment consists of 

Gun, Specimen, Jig, High speed camera and 

DAQ ,and Infrared ray photo sensor, Magnetic 

sensor which are measure the velocity of projectile. 

High-velocity impact equipment set-up is shown 

Fig.2.  The specimens used in test are fixed by jig 

that exposed size is 100X100mm, 65X65mm,  

respectively.  

During high-velocity impact test, initial velocity of 

projectile measured by two magnetic sensor three 

infrared ray sensors and residual velocity of 

projectile is measured two magnetic sensor and 

high-speed camera.  

 

3.2 High speed camera 

During high-velocity impact test, we used high 

speed camera for identifying shape change and 

movement of projectile. we calculated mass changes 

of projectile and projectile’s velocity before and 

after impact by using high-speed camera images. 

 

Table 1. Material property of Ca/Ep prepreg 

(USN 150B, SK chemicals) 

 Symbol Unit Value 

Young’s 

modulus 

along the 

fiber 

direction 

    GPa 181.0 

Young’s 

modulus 

along the 

transverse 

direction 

    GPa 8.2 

Axial shear 

modulus 
    GPa 4.6 

Axial 

poisson’s 

ratio 

     0.28 

Thickness h mm 0.140 
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4. Results and discussion 

4.1 High-velocity Impact Test 

Table 2 and 3 show results of high-velocity impact 

test. We calculated absorbed energy by using 

projectile’s mass and velocities before and after 

impact.  In the case of armor piercing shell bullet, 

magnetic sensor didn’t work and so we measured 

residual velocity by using high speed camera. 

 

4.2 C-scan images 

Fig.3 and 4 present C-scan images after high-

velocity impact test. We conducted C-scan with coin 

of 18mm diameter to check damage area of 

composite laminates subjected to high-velocity 

impact.  

Table 4 shows maximum diameter of damage area 

by using C-scan images. In the case of steel core 

ammunition, maximum diameter of 9.29mm 

specimen less than 6.9mm specimen and in the case 

of armor piercing shell ammunition two specimens 

have similar value. It attribute jig used in the test. 

The jigs used in high-velocity impact test have 

exposed area 100x100mm and 65x65mm, 

respectively. But 6.9mm thickness specimen used 

100x100mm jig and 9.29mm thickness specimen 

used 65x65mm jig.  

 

4.3 Correlation with experimental date and model 

Table 5, 6, 7 and 8 present predicted values by 

using absorbed energy model mentioned earlier. In 

steel core ammunition and case1 of armor piercing 

shell case, the dominant energy absorbing 

mechanism was found to be the static term and in 

case 2 of armor piercing shell, the dominant energy 

absorbing mechanism was found to be the dynamic 

term.  

Fig.5 and 6 is graph that is comparison of 

absorbed energy by using theoretical model and 

absorbed energy obtained at high-velocity impact 

test. Case1 is less than case2. But in armor piercing 

shell case, difference between theoretical model and 

high-velocity impact test is very large. In the case of 

steel core ammunition in 9.29mm thick specimen, 

the difference between model and measured value 

are greater than that of other specimens. It is 

considered to occur due to the size of the jig. The 

damage area of 9.29mm specimen is less than the 

area damage area of 6.9mm specimen or similar to 

the area damage area of 6.9mm specimen. If jig is 

enough large, damage area of 9.29mm specimen is 

be predicted to increase and it lead to increase 

absorbed energy into composite laminates. Through 

experimental results and the model result we found 

error of steel core ammunition is less than that of 

armor piercing shell. In steel core ammunition and 

case1 of armor piercing shell case, the dominant 

energy absorbing mechanism was found to be the 

static term and in case 2 of armor piercing shell, the 

dominant energy absorbing mechanism was found to 

be the dynamic term. But in armor piercing shell case, 

difference between experimental results and the model 

results are very large. However, after some 

modification for the kinetic model which included the 

kinetic energy of particulates, the absorbed energy 

comparison among the proposed kinetic model, the 

impact test results and FEA results was shown in 

Fig.7. The predicted absorbed energy and residual 

velocity using the proposed empirical formula are 

agreed well with high-velocity impact test results.  

 

5. Conclusions 

The high-velocity impact behaviors for composite 

laminates can be evaluated by the residual velocity 

of projectile, the absorbed energy by composite 

laminates, and their residual strength.  In this study, 

we proposed the empirical formula model for 

predicting the residual velocity of projectile and the 

absorbed energy of composite laminates and 

conducted a comparison with the high-velocity 

impact test results.  The absorbed energy due to 

high-velocity impact is divided into static energy(E-

static) and dynamic energy(Edynamic).  The static energy 

related to elastic energy and failure of fibers and 

matrix are calculated by using the perforation energy 

obtained through the quasi-static perforation test. 

The dynamic energy is divided into kinetic energy of 

deformed specimen(Econe) and kinetic energy of 

particulates(Eparticle) separated from specimen. The 

models for kinetic energy of deformed specimen are 
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derived based on the previous other researcher’s 

results and the model for the kinetic energy of 

particulates was proposed based on the probabilistic 

approach.   

The main energy transfer/absorption mechanism of 

impact for the carbon/epoxy laminates in this high 

velocity regime is thought to be due to not only 

static perforation energy and kinetic energy of 

deformed specimen but also the kinetic energy of the 

particulates of specimen during impact. 
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a) before penetration          (b) after penetration 

 

Fig.1. Loss of projectile mass 

 

 

 

 

 
Fig.2.  High-velocity impact test set-up 
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(a)                                         (b) 

 

(C) 

Fig.3. C-scan images of steel core ammunition 

(         ) 

 

 

 

       

(a)                         (b) 

 

(c) 

Fig.4. C-scan images of armor piercing shell 

(         ) 

 

 

 

 

 
Fig.5. Comparison with test and model 

(steel core ammunition) 

 

 

 

 

 

 
Fig.6. Comparison with test and model 

(armor piercing shell) 
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(a)S454HC-1                                     (b) S454HC-2                                     (c) S454HC-3 

 

(d)S458HC-1                                             (e)S458HC-3                                          (f)S45HC-4 

 

Fig.7.  Comparisons with predicted and experimental of absorbed energy 

 

 

 

 

Table 2. Result of high-velocity impact test 

(steel core ammunition) 

 
Initial velocity 

(m/s) 

Residual velocity 

(m/s) 
Impactor mass(gr) 

 

 

    (J) 
Specimen 

thickness 

Infrared 

ray 
Magnetic 

High 

speed 

camera 

Magnetic 
Before 

Penetration 

After 

penetration 

4.66mm 592.8 592.9 555.8 555.8 3.59 3.59 76.44 

6.9mm 611.0 611.0 577.4 557.4 3.59 3.28 160.46 

9.29mm 587.2 591.7 508.0 508.0 3.59 3.05 235.17 
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Table 3. Result of high-velocity impact test 

(Armor piercing shell) 

 
Initial velocity 

(m/s) 

Residual velocity 

(m/s) 
Impactor mass(gr) 

 

 

    (J) 
Specimen 

thickness 

Infrared 

ray 
Magnetic 

High 

speed 

camera 

Magnetic 
Before 

Penetration 

After 

penetration 

4.66mm 805.5 

 

753.7 

 

10.59 10.58 427.38 

6.9mm 805.9 737.8 10.59 8.72 1063.55 

9.29mm 802.2 741.3 10.59 8.37 1106.28 

 

 

Table 4. Diameter of damages 

(mm) 
Steel core 

ammunition 

Armor piercing 

shell 

Specimen 

Thickness 
4.66 6.9 9.29 4.66 6.9 9.3 

Diameter 

of 

damage 

41.0 70.21 66.6 40.5 65.2 67. 

 

 

Table 5. Case1 (         )for steel core ammunition 

Specimen 

Thickness(mm) 
   (J)    (J)     (J) 

4.66 30.85 4.41 35.26 

6.9 57.52 9.56 67.08 

9.29 92.15 9.56 102.56 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Table 6. Case2 (         ) for steel core ammunition 

Specimen 

Thickness(mm) 

   (J)     (J)     (J)     (J) 

4.66 30.85 4.20 27.91 62.96 

6.9 57.52 9.56 41.56 108.64 

9.29 92.15 10.37 46.49 149.01 

 

 

Table 7. Case1 (         ) for armor piercing shell 

Specimen 

Thickness(mm) 
   (J)    (J)     (J) 

4.66 49.32 7.58 56.90 

6.9 91.84 16.10 107.94 

9.29 147.13 22.27 169.40 

 

 

Table 8. Case2 (         ) for armor piercing shell 

Specimen 

Thickness(mm) 

   (J)     (J)     (J)     (J) 

4.66 49.32 7.47 99.42 156.21 

6.9 91.84 15.94 141.06 248.84 

9.29 147.13 22.09 191.73 360.95 
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1 Introduction 

The state of the art analysis of textile composites 

allows one to adequately estimate their mechanical 

or permeability properties. Such analysis is usually 

based on an assumption of ideal periodicity i.e. on a 

unit cell representation of the textile composite [1]. 

Idealised unit cell geometry created in a geometrical 

pre-processor such as TexGen can be used for finite 

element (FE) analysis [2]. However, the internal 

structure of a textile composite does not possess 

ideal periodicity due to the presence of inevitable 

variabilities such as yarn waviness or ply nesting [3]. 

It has been previously argued that such variabilities 

as variation in yarn path affect fatigue strength [4] 

and variability of stacking angles affects stiffness of 

a laminate [5]. Study of these effects requires correct 

measurements and characterisations of variabilities 

for real textile composites. Measured statistical 

properties allow one to generate a statistically 

equivalent model of textile composites for further 

studies. 

Methods of experimental characterisation of 

variabilities fall into two groups: meso-scale 

characterisation using small samples (usually of a 

unit cell size) and macro-scale characterisation using 

a large piece of a textile (or a composite). Olave [5] 

characterised textile reinforcements at the meso-

scale using microscopy to obtain distributions of 

geometrical parameters of the textile reinforcement 

including nesting and overall composite thickness. 

The measured distributions were used for multiscale 

Monte Carlo analysis of laminate stiffness which 

appeared to be more dependent on variability of ply 

orientation and thickness than on yarn spacing. 

Nevertheless, the amount of experimentally analysed 

data leaves uncertainty in estimated distributions of 

geometrical parameters. Vanaershot [3] and 

Blacklock [6] used micro-CT characterisation of a 

unit cell to gain statistical descriptors of woven 

reinforcements. A textile model was generated 

applying a Markov chain approach thus every yarn 

implements experimentally measured 

autocorrelation of the yarn. The main drawback of 

the approach is an assumption of the absence of long 

range distortions in the textile composite. 

The analysis of optical images of a textile at the 

macroscale level was used by Endruweit [7] to 

characterise spacing between yarns and their 

waviness. The experimental distribution of spacing 

was used to generate a model of a bi-directional non-

crimp textile for permeability analysis which 

showed that permeability is affected by the geometry 

disturbance and its variation is close to experimental 

variation. However, the yarn path was described by 

a predefined type of curve, all the layers were 

assumed to be the same and no correlation between 

neighbouring yarns was implemented. Skordos [8] 

used Fourier transform and correlation analysis of 

textile surface images to characterise the yarn path 

and its correlation on a large scale. A textile model 

was generated with use of the Ornstein-Uhlenbeck 

2D process [9], which assumes a normal distribution 

of parameters and implements a Markov process 

using a covariance matrix which approximates the 

properties of the studied textile. The generated 

textile models were successfully used for stochastic 

simulations of forming processes showing the 

significance of a stochastic approach in simulation 

of manufacturing processes. Abdiwi [10] performed 

manual analysis of woven textiles and observed a 

significant long range variation of yarn path. The 

measured distributions of angle between warp and 

weft yarns were used for generation of a textile 

model using a genetic algorithm. The proposed 

algorithm suggested to model the systematic 

variation of a textile by an additional systematic 
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variation of yarn path expressed in terms of sine 

waves. 

This study aims to use analysis of micro-CT and 

macro-images of textile reinforcement to obtain 

statistical. A generator of statistically equivalent (by 

means of deviation from an average path) textile 

reinforcement compatible with the TexGen pre-

processor was developed. Monte Carlo simulations 

were used to predict mechanical properties of the 

textile composite with variability in yarn paths. 

 

2 Manufacturing and mechanical experiments 

The reinforcement used in this study was a balanced 

22 twill weave textile of type 38391 by Carr 

Reinforcements with areal weight of 660g/m
2
, 

nominal thickness 0.9mm and Grafil 34-700 12K 

carbon yarns woven with density of 4.2 picks per 

cm. Two types of 6-ply laminate with fibre volume 

fraction of 55% were manufactured using a RTM 

process using Gurit Prime 20LV epoxy resin. The 

first type of laminate had no control over the nesting 

between layers during the manufacturing process i.e. 

it had random stacking and random nesting. The 

second type of laminate was forced to have no 

nesting between layers. The preforms with no 

nesting were assembled on a table using metal pins 

to fix layers in chosen positions. Layers were bound 

together using NeoXil binder to prevent shift during 

the handling and RTM process.  

Eight specimens of composite with random nesting 

and four with no nesting were manufactured and 

tested in tension according to EN ISO 527-4 

standard using Digital Image Correlation (DIC) to 

measure strain. Additionally one specimen of every 

type was tested using ESPI (Electronic Speckle 

Pattern Interferometry). Results of mechanical 

testing are discussed and compared with numerically 

predicted properties in Section 6. 

 

3 Geometrical characterisation of samples 

The laminates’ mesostructures were scanned using 

micro-CT with resolution of 15μm. Representative 

cross-sections are shown on Fig. 1. It can be seen 

that the goal of manufacturing samples with no 

nesting was not completely achieved because the top 

layer is shifted by approximately one half of a unit 

cell. Fig.2 shows the strain field acquired with ESPI 

technique from the side with the correct lay-up. It 

can be seen that strain field on this side possesses a 

very clear periodic pattern compared to a composite 

with random nesting. Therefore, it can be deduced 

that the mistake in nesting of one layer is not 

significant for the strain field away from this layer.  

Analysis of micro-CT of two samples with random 

nesting and one sample with no nesting allowed the 

creation of a statistically representative unit cell 

model of a twill weave textile composite by defining 

average properties such as yarn dimensions and 

path. Analysis of yarn shape showed that its closest 

approximation is a lenticular shape. The variability 

of yarn dimensions within the unit cell is not 

significant. The average yarn width is 2.491mm with 

standard deviation of 0.087mm and average yarn 

height is 0.352±0.024mm. It is worth noting that the 

latter variation is comparable with the precision of 

the measurements. Out-of-plane yarn path of all the 

yarns in every composite layer had difference of 

similar order as the resolution of micro-CT image 

which allows use of statistics from all the layers 

together to describe any layer. The in-plane 

variability of yarn path from the average yarn path is 

within a small range that can be mainly explained by 

tight weaving of the textile.  

The macroscale structure of textile composites was 

investigated in three configurations. Three samples 

of dry textile of size 210297mm were scanned with 

a flatbed image scanner with resolution of 1200dpi 

(i.e. 1pixel is 0.02mm). The same textiles were 

infused with the epoxy resin using VARTM and 

their surfaces were scanned. The outer surfaces of 

the 6-ply laminates were also scanned in order to 

compare their statistical properties with those of dry 

textiles and single layer composites. 

A MATLAB program for automatic image analysis 

was developed to determine the yarn paths. The 

program was designed to analyse warp and weft 

yarns separately. The greyscale image of the whole 

textile was averaged, smoothed and then segmented 

by watersheding algorithm in order to find points 

which lie within the yarns of interest. This 

information was used to crop subimages of yarn 

segments one by one. After that an image detection 

algorithm was applied to every subimage. The 

gradients in two orthogonal directions were used to 
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highlight edges of a yarn segment. A least squares fit 

was used to approximate edges of yarn segments 

with rectangles. The example of a subimage with 

detected edges and yarn segment approximation is 

shown in Fig. 3. The centres of the fitted rectangles 

were used to reconstruct yarn paths as shown in Fig. 

4. The precision of automatic yarn segment 

detection is validated by comparing average width of 

segments and width of yarn measured by micro-CT. 

The automatically detected yarn width is 

2.52±0.056mm which gives an acceptable precision 

for the automatic analysis method. The difference of 

about 0.03mm between yarn width measured from 

the macro-image and that measured from micro-CT 

image is explained by lower width of yarns in the 

regions of intersection with other yarns which are 

not visible for optical acquisition. 

The reconstructed yarn paths are shown in Fig.5. 

These yarn paths were used to find an averaged yarn 

path by a simple averaging of all the positions along 

the length of textile. It can be seen that yarn paths of 

a dry textile have a notable waviness which results 

in a wavy average yarn path. The standard deviation 

of yarn paths from an average yarn path is only 

about 0.25mm while the amplitude of variation for 

an individual yarn can be up to 1.0mm (about 40% 

of the yarn width). The deviation of yarns from an 

average yarn path is shown in Fig. 6. It can be 

noticed that yarns have a similar path (i.e. strong 

correlation in perpendicular direction from yarn to 

yarn). In this particular textile tight weaving restricts 

yarns from moving independently. Therefore, a 

variation in one yarn causes variation of the 

neighbouring yarns to some extent.  

Similar analysis was applied to single and multilayer 

composites. It was found that the standard deviation 

of yarns path from an average path in a single layer 

composites and 6-layer composites with random 

nesting were similar. The standard deviation for 

single layer composites and 6-ply composites are 

0.24mm and 0.20mm respectively. In contrast, 6-

layer composite without nesting exhibit lower 

variation of yarns path and its standard deviation is 

only about 0.15mm. The difference between yarn 

path deviations of different types of reinforcement is 

close to the precision of automatic yarn path 

detection. It was also found that average yarn paths 

of laminates show lower amplitude of long-range 

waviness especially for the laminate without nesting. 

The straightness of a yarn path in a laminate is 

explained by a careful straightening of yarns during 

manufacture and especially by the use of the pins to 

fix layers in a chosen position for laminates without 

nesting. 

Correlation length in the yarn direction was 

calculated using Pearson’s correlation between pairs 

of nodes spaced at a distance of k nodes as follows 

[11]:  
 

 
     

       
   
   

      
    

           
    

   

 
(1) 

where    is deviation from an average yarn path and 

n is a number of pairs. The graph of correlation 

length of weft yarns is shown in Fig. 7. It can be 

seen that a strong correlation (value above 0.5 [12]) 

of yarns path variability exists up to the length of 3-

4 unit cells in both directions of dry textile. The 

autocorrelation of the yarn path allows the 

estimation of a period of self-repeat of the yarn path 

and a required size of a representative volume 

element of a composite for modelling of the yarn 

path variability. 

 

4 Generation of models of textile composites with 

and without variabilities  

The image analysis of micro-CT samples showed 

that yarn paths do not change significantly within a 

unit cell. The information obtained with micro-CT 

was used to create a representative volume element 

of an idealised textile composite i.e. a unit cell. 

Averaged properties of the textile have been used to 

reconstruct dimensions and paths of yarns within a 

unit cell using TexGen software. The unit cell of an 

idealised composite is shown in Fig. 8. 

For creating a stochastic model of a textile 

reinforcement warp and weft yarns were assumed to 

be independent from each other. Each yarn was 

assumed to have a constant initial width and 

thickness determined by micro-CT analysis. The 

yarn paths were assumed to be defined by nodes on 

their centrelines. The Ornstein-Uhlenbeck 2D 

process [11] was applied to generate positions of 

centre-points of yarns in each direction. This process 
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is Gaussian, stationary and Markovian. The 

probability density funcion of the 2D Ornstein-

Uhlenbeck process for a vector is expressed by [11]: 
 

 
     

 

        
  

      
 

 
                 

(2) 

where N is the size of vector Z,   is the covariance 

matrix and   is the vector of mean values. 

The values of the covariance matrix were 

approximated to experimental data using the 

procedure described by Skordos [8]. The generated 

realisations of weft and warp yarns were used to 

create TexGen models. Small interpenetrations of 

yarns which can occur due to the variations of yarn 

paths were automatically corrected by applying a 

correction procedure which adjusts yarns dimensions 

and cross-section orientations. 

 

5 Mechanical simulations 

The geometrical models generated with TexGen 

were exported to Abaqus/Standard using a voxel 

mesh technique [13]. An idealised textile composite 

model without any variability was represented as a 

model of 33 unit cells with averaged statistical 

properties. Periodic boundary conditions were 

applied in the through thickness direction. 

Displacement in one in-plane direction and free 

surface in the other in-plane direction were applied. 

Yarns were assumed to be homogeneous 

transversely isotropic with elastic properties 

estimated using Chamis micromechanical formulae 

[14]. The properties of carbon fibres, matrix and 

yarns are listed in Table 1. 

The models of the composite with yarns path 

variability were generated using Monte Carlo 

simulations with properties estimated from 

experimental data. Mechanical properties of textile 

composites with variability were found using 33 

unit cells with periodic boundary conditions applied 

through thickness, displacement boundary 

conditions applied in one direction and free edges in 

the perpendicular direction.  

 

 

6 Results and discussion 

The predicted Young’s modulus of the idealised 

textile composite was found to be 58.3 GPa which is 

6% higher than the experimental value of 

55±0.5GPa for a composite without nesting and 10% 

higher than the modulus of the composite with 

random nesting which is equal to 52.6±0.6GPa as 

listed in Table 2. The experimental Young’s moduli 

contradict some experimental studies [15] on the 

nesting effect which reported that the Young’s 

modulus of laminate with random nesting is higher 

than that of a laminate without nesting. However, 

this difference can be explained by the fact that yarn 

path variability of the composite without nesting was 

unintentionally controlled during the manufacturing 

process. The pins used to keep layers in the chosen 

positions restricted movement of yarns to some 

extent. Therefore, larger yarn misalignments in the 

composite with random nesting which were 

observed experimentally govern the Young’s 

modulus reduction. Additionally, layer 

misorientation can have a similar effect while it was 

controlled in the composite without nesting. 

The Monte Carlo simulations on composites with 

yarn paths variability yield a Young’s modulus of 

57.2±0.6GPa. The predicted value is 4% higher than 

experimental and has a similar standard deviation. 

The histogram of the Young’s moduli distribution of 

50 realisations is shown in Fig. 9. The upper limit of 

the histogram corresponds to the Young’s modulus 

of the ideal composite. 

 

7 Conclusions 

This study investigates the influence of geometrical 

variabilities on the mechanical properties of a textile 

composite using numerical analysis. The 

investigations of geometry on two length scales 

allowed the estimation of geometry of the unit cell 

and of a larger sample of textile. The automatic 

image analysis of the woven structures allowed to 

determine an average yarn path of the textile 

reinforcement and to measure its variability. The 

statistically equivalent models of textile 

reinforcement were created using the Ornstein-

Uhlenbeck random 2D process for every yarn 

direction. This process is Markovian and Gaussian 
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which corresponds to obtained textile geometric 

parameters.  

The predicted mechanical properties of an idealised 

textile were higher than the measured properties of 

laminates of both types. Predicted properties of the 

textile composite with yarn path variability and no 

nesting were close to measured properties of the 

laminates of the same configuration. The predicted 

scatter of Young’s modulus also was of the same 

order as the experimental value. 

The conducted studies showed that the proposed 

methodology for measuring and modelling yarn 

paths variability is able to correctly predict the 

variation of the Young’ modulus of textile 

composites. The proposed framework can be used 

for modelling the effects variability of reinforcement 

on other mechanical properties and on reinforcement 

permeability. The future work will include strength 

prediction of the laminate with yarn path and nesting 

variability. 
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Fig. 1. Micro-CT images of laminates without nesting (left) and with random nesting (right) 

 

 
Fig. 2. Distribution of longitudinal strain as measured by ESPI in laminate without nesting (left) and in laminate with 

random nesting (right) 

 

 
Fig. 3. Edge detection of yarn segment    Fig. 4. Approximated yarns paths 
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Fig. 5. Example of yarn path of weft yarns of dry textile 

 
Fig. 6. Average weft yarn path and deviation of yarns from it 

 

 
Fig. 7. Correlation length of weft yarns 
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Fig. 8. An idealised unit cell of 22 twill weave textile reinforcement and its FE model 

 
Fig. 9. Histogram of predicted Young’s moduli 

 

Table 1. Materials properties 

 E1, GPa E2=E3, GPa v12 = v13 v23 G12=G13, GPa G23, GPa 

Matrix 3.1 3.1 0.35 0.35 1.15 1.15 

Fibre 234 15 0.20 0.25 13.0 6.0 

Yarn (Vf = 77%) 181.1 9.35 0.23 0.35 5.76 3.05 

 

Table 2. Experimental and predicted Young’s moduli of textile composites, GPa 

Predicted 

idealised 

Predicted  

with variability 

Experimental 

without nesting 

Experimental 

random nesting 

58.3 57.3±0.64 55±0.5 52±0.5 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Fibre reinforced composite plates are used as one of 
the main structural components, for example in 
certain types of ships and most wind turbine blades. 
For analysis of such large structures, nonlinear finite 
element methods can be applied in a design situation. 
However, these analyses require special expertise 
and are normally time consuming in terms of model 
generation, numerical computation and post-
processing. As an alternative, computationally 
efficient analysis tools using semi-analytical 
methods for buckling and strength predictions have 
become common. Previously, for use in estimating 
the ultimate strength of stiffened and unstiffened, 
thin steel plates under in-plane compression, several 
simplified semi-analytical approaches have been 
developed by Steen [1] and by Brubak et al. [2,3,4]. 
The aim of the present work is to extend these 
methods to plates made of fibre-reinforced 
composites having a wide range of thicknesses. The 
paper presents the strength analysis of simply 
supported composite plates subjected to uniaxial in-
plane compression load using such a semi-analytical 
method. The method is able to take account of: 

• failure and degradation models for composites, 

• initial geometric imperfections,  

• out-of-plane shear deformations, and 

• post-buckling deformations. 

Further, two different types of degradation 
approaches, in combination with the Hashin failure 
criterion from 1973 [5] have been developed: 

• Complete ply degradation model (CPDM). 

• Ply region degradation model (PRDM). 

To validate the method, the results are compared 
with the parametric studies conducted by Misirlis 
using ABAQUS, reported by Hayman et al. [6].  

2 Displacements and Strains 

2.1 Strains 

Classical large deflection theory combined with first 
order shear deformation theory have been used. The 
nonlinear strains including the initial imperfection 
are defined by [7,8]: 

 

 

 

(1a) 

 

 

 

(1b) 

 

 

(1c) 

 (1d) 
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 (1e) 

The terms with the superscript “0” denote the mid-
plane membrane strains, while κ are the curvatures. 
Further, u0 and v0 are the mid-plane displacement 
fields in the x- and y-directions, respectively. The 
out-of-plane displacement is given by w, and winit is 
an initial out-of-plane imperfection. Further, z is the 
distance from the middle plane of the plate. The 
rotations of a transverse normal about axes parallel 
to the y and x axes are given by φx and φy, 
respectively. 

2.2 Boundary Conditions and Displacements 

 
Fig. 1. Plate geometry and load condition. 

A simply supported plate is considered, with 
dimensions a × b (Fig.1) and an initial deformation 
winit. The plate is simply supported on all edges and 
subjected to a mean compression Nx in the x-
direction. In the analyses, this is achieved by 
restraining the edge x = 0 in the x-direction and 
applying a uniform, negative displacement uc in the 
x-direction on the edge x = a, all edges being held 
straight. The total out-of-plane deformation is 
wtot=winit+w, where w is the additional deformation 
induced by the load Nx. Each deformation 
component is assumed in the form of a truncated 
double Fourier series [4,9]: 

 

 
 
(2a) 

 

 
 

(2b) 

 (2c) 

 (2d) 

 
 

(2e) 

The coefficients uc, vc, umn, vmn, xmn, ymn and wmn are 
unknown. Further, m, n, M and N are positive 
integers, and wimn are given imperfection amplitudes.  

3 Potential Energy 

The total potential energy consists of three 
contributions associated, respectively, with in-plane 
strain energy, transverse shear strain energy and 
external forces: 

Π =Up +Us +U f
 (3) 

The in-plane strain energy can be divided into a 
membrane contribution and a bending contribution, 
and then Up can be written as 

Up =
1
2

ε p
Tσ p dV =

1
2

ε p
T Qε p dz

−h / 2

h / 2

∫ dA
A∫V∫

=
1
2

ε 0( )T Aε 0 + 2 ε 0( )T Bκ +κ T Dκ( )A∫ dA

=Um +Umb +Ub

 

 

 

 

(4) 

where Um and Ub are the membrane and bending 
strain energies, respectively, and Umb is the strain 
energy due to the coupling terms between the 
membrane and bending contributions. The 
extensional stiffness matrix is given by A, while B 
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and D are the bending-stretching coupling matrix 
and the bending stiffness matrix, respectively.  

The transverse shear strain energy is given in 
equation (5): 

 

 

 

(5) 

Here, As is the stiffness matrix for transverse shear 
and k (= 5/6) is the shear correction coefficient. 

The potential energy of an external, in-plane load Nx 
in the x-direction is given by 

 (6) 

where Λ is a load parameter and b is the width of the 
plate. 

4 Solution Procedure 

4.1 Incremental Response Propagation 

The post-buckling response is traced by an 
incremental procedure [1]. Here, an arc length 
parameter is used as a propagation parameter.  

Using large deflection theory, the equilibrium 
equations obtained from the Rayleigh-Ritz method 
are nonlinear. Instead of solving the nonlinear 
equations directly, these are solved incrementally by 
computing the rate form of the equilibrium equations 
with respect to an arc length parameter η. Further, 
the change in the arc length parameter is associated 
with a change in the external load and the 
displacement/rotation. For an external applied load, 
changing proportionally with Λ, this relationship is 
illustrated graphically in Fig. 2. 

As the increment size approaches zero, the 
relationship can be given by  

 
Λ2 +

λi
2

t 2Displ .
∑ + λi

2

Rot .
∑ = 1  (7) 

where λi represents the displacement and rotation 
amplitudes and t is the plate thickness. A dot above a 

symbol indicates differentiation with respect to the 
arc length parameter η. 

 
Fig. 2. Relationship between an arc length parameter 
increment Δη, a load increment ΔΛ and an incremental 
displacement amplitude Δλi.      

In the incremental procedure, the load parameter Λ 
and displacement/rotation amplitudes λi are 
functions of the arc length parameter η. For an 
increment Δη along the equilibrium curve from 
point s to (s +1), a Taylor series expansion gives 

 

λi
s+1 = λi

s + λi
sΔη +

1
2
λi
sΔη2 + ...

Λ s+1 = Λ s + Λ sΔη +
1
2
Λ sΔη2 + ...

 
(8a) 

(8b) 

The second and higher order terms are neglected in 
the present work, i.e. the expansion is of first order, 
since by choosing a sufficiently small increment the 
results achieved by this first order expansion are 
satisfactory. Besides, retaining the second or higher 
order terms is computationally costly and will not 
likely give significant computational gains [10].   

4.2 Incremental Equilibrium Equations 

The Rayleigh-Ritz method in an incremental form or 
rate form as mentioned in Section 4.1 has been used 
to solve the problem. The total potential energy is 
given by equation (3). Equilibrium requires that 
 δ Π = 0 , and thus 

 

∂ Π
∂λi

=
∂
∂η

∂Π
∂λi

⎛
⎝⎜

⎞
⎠⎟
= Cij

λ j + Fi Λ = 0  (9) 

where   
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 and  (10) 

Here, Cij is a generalised, incremental stiffness 
matrix and  Fi

Λ  is a generalised, incremental load 
vector. Further, i indicates the row number, while j 
indicates the column number in a matrix. The total 
number of unknowns is Ntot + 1 (λi and Λ), while 
there are Ntot equations in equation (9). The 
additional equation required is equation (7). 

4.3 Procedure for Solving the Equations 

First,  and  can be found by solving the 
equations (7) and (9). The solution of equation (9) is 
given by 

 
λ j = − ΛCij

−1Fi  (11) 

Substituting equation (11) into equation (7): 

 
Λ2 t 2 + Cij

−1Fi( )2 + t 2 Cij
−1Fi( )2

Rot .
∑

Displ .
∑⎛

⎝⎜
⎞
⎠⎟
= t 2  (12) 

Then, from equation (12), the load rate parameter  
can be determined as 

 
 

(13) 

According to equation (13), there are two possible 
solutions with the same numerical values, but 
opposite signs along the equilibrium curve. For 
choosing the correct solution, the angle criterion is 
applied. Based on the assumption that the 
equilibrium curve is smooth, it is desired to find the 
solution giving a continuous increase of the arc 
length. This is achieved by the requirement that the 
absolute value of the angle between the tangents of 
the consecutive increments (s − 1) and s in the load-
displacement/rotation space is smaller than 90°. For 
the positive sign of the load rate  at stage s, the 
following equivalent criterion must be satisfied [1]: 

 

Λs

−Cij
−1Fi( )s λ j

s−1

Displ .
∑

t 2
+ −Cij

−1Fi( )s λ j
s−1

Rot .
∑ + Λs−1

⎛

⎝

⎜
⎜
⎜

⎞

⎠

⎟
⎟
⎟

> 0

 

 

 

(14) 

When  at stage s is found, the displacement and 
rotation rate amplitudes  at the same stage are 
given by equation (11). The displacement and 
rotation amplitudes, and load parameter at the next 
stage are then obtained by the first order Taylor 
series expansion: 

 

λ j
s+1 = λ j

s + λ j
sΔη

Λ s+1 = Λ s + Λ sΔη  
(15a) 

(15b) 

As mentioned in Section 4.1, Δη has to be small to 
give a satisfactory result. The solution propagation is 
continued until a given failure criterion is reached. 

5 Progressive Failure Model 

5.1 Hashin Failure Criterion 

The 1973 Hashin failure criterion for in-plane 
stresses can be written [5]: 

 (16a) 

 (16b) 

 (16c) 

 (16d) 

Failure occurs when any of the four failure functions 
from equations (16) reaches unity. Each is 
associated with a dominant failure mode. 

5.2 Degradation of Properties 

When failure occurs in a laminated composite plate, 
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the effective material properties change. This results 
in a new stiffness of the plate. To describe this 
behaviour, a damaged stiffness matrix for in-plane 
deformations is defined [6]: 

 

 

(17) 

Here d1 is the damage factor in the longitudinal 
(fiber) direction of the material, d2 is the damage 
factor in the transverse direction, and d6 is the 
damage factor in the in-plane shear component. The 
remaining parameters in equation (21) are defined as 

, , ,  and 

. 

The transverse (out-of-plane) shear stiffness matrix, 
following Misirlis [6], this is not degraded during 
the analysis. (The ABAQUS shell elements used by 
Misirlis do not allow such degradation of the 
transverse shear properties.) 

The instantaneous degradation of material properties 
is used in the progressive failure model reported 
here. When any ply or region fulfils a stress criterion, 
its corresponding properties are instantaneously 
reduced to a predefined value equal to 1% of the 
respective initial values [11]. Thus the associated 
damage factor di  = 0.99. In contrast, the FEA results 
presented in [6] assumed a linear degradation of the 
properties [12] by using the built-in progressive 
failure model in ABAQUS.  

6 Degradation Models 

6.1 Complete Ply Degradation Model (CPDM) 

The model presented in this sub-section is based on 
using the Rayleigh-Ritz method. The boundary 
conditions are given in Section 2.2 with the 
corresponding displacement field assumed in 
equations (2). The total potential energy is provided 
in equations (3)-(6). The unknown coefficients are 
found by following the solution procedure described 
in Section 4.3. In the ply which has exceeded a 
given stress criterion, the degradation of the 
corresponding properties is then applied to the entire 

ply. The load is then applied with the reduced 
stiffness until either a further criterion is exceeded in 
the same ply or failure occurs in a different ply. 
Again, the associated material degradation is applied 
to the entire ply. The process is repeated until the 
maximum value of load is reached; this is 
considered to be the ultimate load. 

6.2 Ply Region Degradation Model (PRDM) 

 
Fig. 3. Plate geometry with regions. 

The model presented in this sub-section is based on 
Fig. 3. A plate with dimensions a × b has been 
divided into 9 regions. The assumed displacement 
fields are in equations (2), while the total potential 
energy is again given by equation (3)-(6). The 
unknown displacement and rotation amplitudes are 
again found by the solution procedure described in 
Section 4.3. The progressive failure model with 
degraded material properties is now implemented by 
reducing the appropriate terms in the equations (4)-
(5) in the specific region of the ply where failure has 
occurred. 

7 Results from the Parametric Study 

7.1 Parametric Study 

The parametric studies have been performed for a 
series of square plates, with a = b = 500 mm, having 
various breadth/thickness (b/t) ratios. Three different 
maximum initial imperfection amplitudes have been 
examined, respectively 0.1%, 1% and 3% of the 
width b (= 500 mm). The assumed shape of the 
initial geometric imperfection is a single half sine 
wave in each direction, so that wimn = 0 for all values 
of m and n other than 1. Two different types of 
composite layup are considered [6]: 

• Case A, a triaxial layup: 
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This layup configuration is typical for the main 
spar of a wind turbine blade. 

• Case B, a quasi-isotropic, quadriaxial layup: 
 

This layup configuration is more typical for ship 
hull panels that experience a mixture of lateral 
pressure and in-plane loading due to hull girder 
bending. 

For the triaxial layups (case A), the required b/t 
values are achieved by scaling the thickness of each 
individual ply [6]. For the quadriaxial layups (case 
B), the thickness is increased by adding groups of 
plies (increasing X) to give the desired b/t values [6]. 
The material properties and the plate thicknesses for 
cases A and B are given in Tables 1-3.  

For the ply region degradation model (see Fig. 3), 
regions 1, 3, 7 and 9 are each 160 mm × 160 mm, 
regions 2 and 8 are each 180 mm × 160 mm, regions 
4 and 6 are 160 mm × 180 mm and region 5 is 
180 mm × 180 mm. 

Table 1. Material properties. 

Property Value Units 
E1 49627 MPa 
E2 15430 MPa 
ν12 0.272 - 
G12 4800 MPa 
G13 4800 MPa 
G23 4800 MPa 
Xt 968 MPa 
Xc 915 MPa 
Yt 24 MPa 
Yc 118 MPa 
S12 65 MPa 

Table 2. Plate thicknesses and ply thicknesses for case A. 

b/t t (mm) t0 (mm) t±45 (mm) 
10 50.00 1.95 0.59 
20 25.00 0.97 0.30 
50 10.00 0.39 0.12 

Table 3. Plate thicknesses and ply thicknesses for case B. 

b/t t (mm) X t0, t±45, t90 (mm) 
62.50 8.00 1 1.00 
20.83 24.00 3 1.00 
10.42 48.00 6 1.00 

 

7.2 Step Size  

As mentioned in Section 4.1, computational 
accuracy is dependent on the chosen propagation 
parameter value Δη. In most of the cases 
investigated, Δη = 0.10 gives reasonably accurate 
results within acceptable computational time. For 
thin plates and plates with few plies, smaller step 
size needs to be considered. For case B, t = 8 mm, 
Δη = 0.01 has been implemented.       

7.3 Ultimate Strength Predictions Using CPDM 

The total number of degrees of freedom is defined 
by the total number of terms given in equations (2). 
For case A with plate thickness t = 10.02 mm, it has 
been implemented with N = M = 9, giving a total of 
407 degrees of freedom. For t = 24.94 mm and t = 
49.98 mm in case A, it has been implemented with 
127 degrees of freedom (N = M = 5). For case B, t = 
8 mm, 407 degrees of freedom have been applied, 
while it was found necessary to include 247 degrees 
of freedom (N = M = 7) for t = 24 mm and t = 48 
mm with 3% imperfection. The remaining cases are 
considered with 127 degrees of freedom. 

The results using CPDM are given in Tables 4-5 for 
cases A and B, respectively. For a given initial 
geometric imperfection and plate thickness t, the 
first ply failure stress (σFPF) and the ultimate strength 
(σmax) are shown, and the ultimate strength 
predictions are compared to the FE analyses 
performed by Misirlis (σmax from [6]). The ratio of 
these results is provided in the last column of the 
tables and is again shown in Figs 4-5 for various 
values of plate thickness t and imperfection 
amplitude. 

Table 4. Results for case A using CPDM.     

Imp. 
% of 
b 

t 
(mm) 

σFPF 
(MPa) 

σmax 
(MPa) 

σmax 
[6]  

0.1 10.02 39.86 94.94 130 0.73 
0.1 24.94 172.00 186.66 240 0.78 
0.1 49.98 382.13 453.24 570 0.80 
1.0 10.02 31.64 90.92 130 0.70 
1.0 24.94 71.64 171.40 235 0.73 
1.0 49.98 149.55 374.88 435 0.86 
3.0 10.02 22.96 87.73 130 0.67 
3.0 24.94 39.05 149.98 218 0.69 
3.0 49.98 64.26 292.84 360 0.81 
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Fig. 4. Case A (triaxial layup) with complete ply 
degradation model: the ultimate strengths from the 
analyses are compared to those of Misirlis [6] for a range 
of plate thickness t and imperfection amplitude.  

For the triaxial layup, case A, the outermost 0° plies 
on the convex side of the plate undergo matrix 
failure first for all cases except for the thickest plate 
t = 49.98 mm with 0.1% imperfection. For that case, 
the matrix failure occurs in the outermost -45° ply 
on the concave side of the plate. Further, the 0° plies 
often fail first in the centre of the plate, while the 
±45° plies fail at the corners. The total number of 
plies is 34 for case A, and all 34 plies have to 
experience matrix failure before the ultimate 
strength is reached at the first incidence of fibre 
failure. This trend is detected for all cases, 
regardless of thickness or imperfection. From Table 
4, the ultimate strength predictions using CPDM are 
in the range of 14% - 33% smaller than Misirlis’s FE 
analysis. The greatest deviations are observed for the 
thin plates (t = 10.02 mm). 

Table 5. Results for case B using CPDM. 

Imp. 
% of 
b 

t 
(mm) 

σFPF 
(MPa) 

σmax 
(MPa) 

σmax 
[6]  

0.1 8 29.08 89.95 105 0.86 
0.1 24 170.92 177.66 215 0.83 
0.1 48 204.13 301.97 340 0.89 
1.0 8 27.38 91.51 107 0.86 
1.0 24 69.49 171.48 210 0.82 
1.0 48 144.77 250.92 302 0.83 
3.0 8 26.08 94.11 115 0.82 
3.0 24 35.62 162.77 205 0.79 
3.0 48 61.70 211.24 260 0.81 

 
Fig. 5. Case B (quadriaxial layup) with complete ply 
degradation model: the ultimate strengths from the 
analyses are compared to those of Misirlis [6] for a range 
of plate thickness t and imperfection amplitude. 

For the quadriaxial layup, case B, first ply failure 
always occurred as matrix failure in the outermost 0° 
plies on the convex side of the plate for all cases 
except for the thickest plate t = 48 mm with 0.1% 
imperfection. For that case, the matrix failure 
occurred in the outermost 90° ply on the concave 
side of the plate. In general, the 0° and 90° plies 
often fail first in the centre of the plate, while the 
±45° plies fail at the corners. For this more balanced 
layup configuration, according to Table 5, the 
ultimate strength predictions using CPDM produced 
a more stable deviation in the range of 11% - 21% 
compared to Misirlis’s ABAQUS results, than for 
case A layups. For all cases except the thickest plate 
(t = 48 mm) with 0.1% and 1% imperfections, all 
plies have to experience matrix failure and the 
ultimate strength is reached at the first, or sometimes 
the second, occurrence of fibre failure. For the 
thickest plate with 0.1% imperfection, all ±45° plies 
experienced matrix failure before the occurrence of 
the ultimate strength, which is at the first incidence 
of fibre failure in a 0° ply without matrix failure. 
The similar trend is observed for the thickest plate 
with 1% imperfection. But this time all ±45° plies as 
well as some of the 0° plies have to experience 
matrix failure before the occurrence of the ultimate 
strength, which is again at the first fibre failure in a 
0° ply without matrix failure.    

7.4 Ultimate Strength Predictions Using PRDM 

Again, the total number of degrees of freedom is 
defined by the total number of terms given in 
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equations (2). Compared with CPDM, some of the 
cases need more degrees of freedom due to the 
division of the plate into regions. Case A, t = 10.02 
mm, is implemented with 407 degrees of freedom, 
while t = 24.94 mm with imperfections 1% and 3% 
are implemented with 247 degrees of freedom. The 
remaining cases need only 127 degrees of freedom. 
For case B, t = 8 mm, 407 degrees of freedom have 
been included. For the remaining cases, it is 
necessary to have 247 degrees of freedom.    

The results using PRDM are provided in Tables 6-7 
for cases A and B, respectively. The ratio of the 
ultimate strength from the present model to that 
found by Misirlis is presented in Figs 6 and 7 for 
different plate thickness t and imperfection 
amplitude. 
Table 6. Results for case A using PRDM. 

Imp. 
% of 
b 

t 
(mm) 

σFPF 
(MPa) 

σmax 
(MPa) 

σmax 
[6]  

0.1 10.02 39.86 106.24 130 0.82 
0.1 24.94 172.00 186.68 240 0.78 
0.1 49.98 382.13 453.24 570 0.80 
1.0 10.02 31.64 99.57 130 0.77 
1.0 24.94 71.39 175.34 235 0.75 
1.0 49.98 149.55 375.89 435 0.86 
3.0 10.02 22.96 96.03 130 0.74 
3.0 24.94 38.92 155.30 218 0.71 
3.0 49.98 64.26 299.73 360 0.83 

 
Fig. 6. Case A (triaxial layup) with ply region degradation 
model: the ultimate strengths from the analyses are 
compared to those of Misirlis [6] for a range of plate 
thickness t and imperfection amplitude. 

For both layup cases, considering first ply failure, 
there is no detectable difference between CPDM and 
PRDM. The matrix failures occurred in the same 

locations at the same calculated stresses. 

For case A, the ultimate strength predictions using 
PRDM are in the range 14% - 29% smaller than 
Misirlis’s FE analysis. Again, the deviations are 
smallest for the thickest plate. Further, no clear trend 
is observed except that at least 90% of the regions 
have to experience matrix failure before the ultimate 
strength is attained at the first fibre failure. For the 
thickest plate with 1% imperfection, the ultimate 
strength is reached at the first incidence of fibre 
failure in a region without matrix failure.   
Table 7. Results for case B using PRDM. 

Imp. 
% of 
b 

t 
(mm) 

σFPF 
(MPa) 

σmax 
(MPa) 

σmax 
[6]  

0.1 8 29.08 101.71 105 0.97 
0.1 24 170.92 178.32 215 0.83 
0.1 48 204.13 301.97 340 0.89 
1.0 8 27.38 101.54 107 0.95 
1.0 24 69.49 177.05 210 0.84 
1.0 48 144.77 250.92 302 0.83 
3.0 8 26.08 101.86 115 0.89 
3.0 24 35.62 170.62 205 0.83 
3.0 48 61.70 209.70 260 0.81 

 
Fig. 7. Case B (quadriaxial layup) with ply region 
degradation model: the ultimate strengths from the 
analyses are compared to those of Misirlis [6] for a range 
of plate thickness t and imperfection amplitude. 

For case B, the ultimate strength predictions using 
PRDM, the deviations are in the range of 3% - 19% 
compared to the ABAQUS results provided by 
Misirlis. The best results are achieved for a thin 
plate (t = 8 mm). Further, 75% of the regions and 
95% of the regions have to suffer matrix failure 
before the ultimate strength is attained at fibre 
failure for the thin plate and moderately thick plate (t 
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= 24 mm), respectively. For the thickest plate, the 
trend is almost similar to that with CPDM, 75% - 
90% of regions have to experience matrix failure 
before the first incidence of fibre failure in a region 
without matrix failure gives the ultimate strength.       

8  Conclusions 

Ultimate strength prediction using a semi-analytical 
method has been established for simply supported 
composite plates. The present model is able to take 
account of post-buckling behaviour, out-of-plane 
shear deformation and geometric imperfections.  
Investigations are performed for square plates 
subjected to in-plane compressive load. Two 
different types of composite layup are considered. 
The results have been compared with the FE 
analysis conducted by Misirlis. 

In the first degradation approach, CPDM, fulfilment 
of the failure criterion at any position in a ply leads 
to instantaneous degradation of corresponding 
stiffness properties throughout that ply. The 
predicted ultimate stresses are 14% - 33% smaller 
than those of Misirlis for the triaxial layup 
configuration, case A. The most significant 
differences are observed for thin plates (t = 
10.02 mm), these being in the range of 27% - 33%. 
However, for the quadriaxial layup, case B, the 
ultimate strength predictions using CPDM produced 
a more stable deviation in the range of 11% - 21%.  

In the slightly more detailed approach, PRDM, the 
plate is divided into nine regions and the stiffness 
degradation is limited to the affected regions of a 
failed ply. Compared to Misirlis’s ABAQUS results, 
the deviations are in the range of 14% - 29% for the 
ultimate strengths predicted for case A, while for the 
balanced layup configuration, case B, the differences 
are in the range of 3% - 19%.  

The analyses with PRDM thus provide better 
estimates for many of the cases. Especially for thin 
plates, characterised by small ply thicknesses (case 
A) and few plies (case B), PRDM gives appreciably 
better results. Region based material degradation 
results in smaller stiffness-reduced areas compared 
to ply based material degradation. The total plate 
stiffness will increase significantly for these plates, 
even with a small number of regions undamaged. 
The greatest improvements, 7% - 11%, between the 
predictions using CPDM and PRDM are observed 

for the quadriaxial layup configuration, case B. For 
case A, the improvements are about 7% - 9%. The 
improvements obtained (0% - 4%) are either 
negligible or quite small for moderately thick and 
thick plates for both layup cases. This could be 
explained by the fact that many plies and regions 
have to fail before the ultimate strength is reached. 
The few regions left with intact material properties 
are unlikely to affect the total plate stiffness 
significantly, since thicker plates have more plies 
and greater ply thicknesses. 

Predictions using both CPDM and PRDM are still 
somewhat conservative when compared to Misirlis’s 
analyses. This could be explained by the fact that a 
linear degradation of the material properties has 
been assumed in the ABAQUS progressive failure 
model, while the current analyses assume 
instantaneous degradation of the material properties. 
To improve the agreement and give a more accurate 
estimation of the ultimate stresses, future extension 
of the work will implement a linear degradation 
model combined with PRDM. However, it should be 
noted that Misirlis observed that in some cases the 
linear degradation model overestimated the ultimate 
strength [13], so validation against other sources is 
also needed. Further, the layup configurations 
investigated in Section 7 are two extreme cases. In 
order to have a better overall picture of the trends, 
other layups should be considered. For instance it 
could be interesting to analyse a more balanced 
triaxial layup and a more unbalanced quadriaxial 
layup.  

A reliable method for quick strength estimations is 
always appreciated in design situation and in other 
studies requiring a larger numbers of cases analysed. 
FE analyses are often time consuming in these 
situations and do have their own limitations (as 
mentioned in Section 5.2). The present method 
represents a good alternative due to its user 
friendliness and efficiency. It is often possible to 
have tailor-made approaches for specific cases with 
certain load and boundary conditions. However, the 
method is still in a development phase, and the 
computational time required is in the range of 30 
minutes to several hours on a computer with 3.2 
GHz processor and 4 GB RAM. Therefore, 
optimising the computer code is a part of the 
planned future work.        
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Stacking sequence effects are important in tensile 
strength of notched composite laminates. Hallett and 
Wisnom [1] and Hallett et al. [2, 3] studied stacking 
sequence effects on tensile strength of notched 
composite laminates. Laffan et al. [4] also studied 
layup effects on standard compact tension specimens 
and their fracture toughness.  

The Over-height Compact Tension (OCT) test was 
developed by Kongshavn and Poursartip [5] to 
determine fracture properties of composite laminates. 
Damage development in OCT tests was investigated 
by Floyd [6], and Williams et al. [7]. Li et al. [8] 
carried out experimental investigations into quasi-
isotropic OCT specimens with surface 45 degree 
plies. The damage progress was studied by using X-
rays and fracture toughness for failure initiation was 
calculated. To apply the Digital Image Correlation 
technique (DIC), Zobeiry [9] tested quasi-isotropic 
OCT specimens with surface 90 degree plies to 
minimize the surface damage. Fracture toughness for 
failure propagation was calculated from the fracture 
process zone measurements from DIC. However, no 
studies have been done to compare the different 
layups used by Li et al. [8] and Zobeiry [9].  

In the present paper, quasi-isotropic OCT specimens 
with different stacking sequences were tested. 
Specimens which have single ply thicknesses are 
called dispersed-ply laminates. Other specimens in 
which two plies of the same orientation are placed 
together in the layup are referred to as blocked-ply 
laminates. Dispersed-ply laminates and blocked-ply 
laminates were compared. In addition, specimens 
with surface 45 degree plies which have a double 0 
degree ply on the mid-plane (effectively a double 
thickness ply) were compared to the ones with 
surface 90 degree plies which only have single 0 
degree plies throughout. A Finite Element (FE) 
method using the explicit code LS-Dyna with 

interface elements to model splitting and 
delamination was used to better understand the 
damage pattern [10]. 

2 Experimental Studies 

2.1 Test Setup  

The OCT specimens with dimensions shown in Fig. 
1 were tested in an Instron 100 kN test machine 
under displacement control at a rate of 1 mm/min. 
The Pin Opening Displacement (POD) was 
measured by an Instron extensometer with a 10mm 
gauge length and ± 5 mm travel distance. A pair of 
anti-buckling bars was attached to the back faces of 
each OCT specimen to prevent any buckling failure. 

All the tests were monitored by a DIC system which 
contained Prosilica GE cameras with Rodenstock 60 
mm f/4 Rodagon Enlarging Lenses as shown in Fig. 
2. Correlated Solutions' Vic-Snap 2010 and Vic-3D 
2010 software was used for post processing.  

Interrupted tests in which the specimens were 
unloaded after the first observed load drop and the 
first major load drop (over 5%) on the respective 
load-POD curve were carried out to study the failure 
mechanisms via X-ray Computed Tomography (CT) 
scanning. 

The material used was Hexcel’s HexPly® IM7/8552 
carbon/epoxy pre-preg with a 0.125mm nominal ply 
thickness. The blocked-ply laminates in which two 
plies of the same orientation are placed together in 
the layup effectively have a 0.25mm ply thickness. 
The schematics of the typical layups tested are 
illustrated in Fig. 3. Blocked-ply laminates tested 
were [452/902/-452/02]2s and [902/452/02/-452]2s 
laminates. Dispersed-ply [45/90/-45/0]4s laminates 
were also tested to compare with [90/45/0/-45]4s 

laminates investigated by Zobeiry [9]. 

2.2 Experimental Results 

STACKING SEQUENCE EFFECTS IN OVER-HEIGHT COMPACT 
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During all the OCT tests, fracture in front of the 
notch occurred together with load drops on the load-
POD curves. All specimens suffered compressive 
failure at their back faces in the final stage of the 
tests. Experimental load-POD curves are shown in 
Fig. 4 and Fig. 5. 

The failure initiation loads and peak loads are higher 
in the specimens with blocked plies than with 
dispersed plies.  

With dispersed plies, the load-POD curves of 
different layups are very similar including the 
average failure initiation loads and peak loads. For 
blocked plies with surface 45 degree plies, the 
average failure initiation load is higher than that for 
blocked plies with surface 90 degree plies. 

3 Numerical Studies 

An FE method using the explicit code LS-Dyna with 
interface elements to model splits and delaminations 
was applied. 

In the present FE analysis, splitting elements were 
pre-defined along multiple paths within all plies, and 
delamination elements were pre-defined between all 
plies with different fibre orientations. In Fig. 6, the 
lines represent the potential splits, and a schematic 
shows how the cohesive interface elements are 
connected. The properties of the cohesive interface 
elements are listed in Table 1. The lamina properties 
are listed in Table 2. The mixed-mode traction-
displacement relationship of the cohesive interface 
elements is illustrated in Fig. 7.  

A criterion based on Weibull theory has been used to 
predict fibre failure. Weibull theory supposes that 
the strength of a brittle-like material is controlled by 
flaws which follow a Weibull distribution [10].  

4 Results Analysis 

4.1 Test Results Analysis 

By checking the CT images from interrupted tests in 
Figs. 8 to 13, the damage zone in the 0 degree plies 
(or ply blocks) in the laminates with different layups 
after fibre breakage was compared.  

Comparing Fig. 8 against Fig. 9, and Fig. 11 against 
Fig. 12, the split length and delamination area are 
found to be bigger in the 0 degree plies with blocked 
plies than with dispersed plies due to more energy 
being available. Such sub-critical damage can blunt 
the stress concentration and account for the higher 
failure initiation loads and peak loads in the 
laminates with blocked plies. 

In Fig. 8 and Fig. 9, the damage ahead of the notch 
was examined after the tests were stopped following 
the first observed load drop to study the failure 
initiation. Local fibre failure was found in the 0 
degree plies. In both dispersed-ply and blocked-ply 
laminates with surface 45 degree plies, the splits in 
the central double 0 degree ply (or ply block) are 
longer than those in the outboard single 0 degree 
plies (or ply blocks). In Fig. 9(a) the split is long 
enough to blunt the stress concentration and retard 
any fibre failure in the central 0 degree ply block in 
the blocked-ply laminates with surface 45 degree 
plies. By comparison, in the blocked-ply laminates 
with surface 90 degree plies, the damage zone in all 
the single 0 degree ply blocks as shown in Fig. 10 is 
similar to that in the outboard single 0 degree ply 
blocks but much smaller than the central double 0 
degree ply block in the blocked-ply laminates with 
surface 45 degree plies. This may give rise to higher 
initiation loads in the laminates with blocked plies 
with surface 45 degree plies than with surface 90 
degree plies. However, this effect is not significant 
enough to cause any obvious difference in the 
laminates with dispersed plies. 

In Fig. 11 and Fig. 12, the damage ahead of the 
notch was examined after the tests were stopped 
following the first major load drop (over 5%) to 
study the failure propagation before final failure. In 
both dispersed-ply and blocked-ply laminates with 
surface 45 degree plies, the damage zone in the 
central double 0 degree ply (or ply block) is bigger 
than that in the outboard single 0 degree plies (or ply 
blocks). Delaminations dominate the major load 
drops of the blocked-ply laminates. Furthermore, the 
damage zone in the central double 0 degree ply 
block reaches the edge of the specimen with 
blocked-plies with surface 45 degree plies. By 
comparison, in the blocked-ply laminates with 
surface 90 degree plies as shown in Fig. 13, the 
damage zone in all the single 0 degree ply blocks is 
similar to that in the outboard single 0 degree ply 
blocks in the blocked-ply laminates with surface 45 
degree plies.  

4.2 FE Results Analysis 

By checking the damage pattern from the FE results 
in Figs. 14 to 19, the damage in the 0 degree plies 
before the Weibull criterion is met was compared in 
the models with different layups.  

Comparing Fig. 14 against Fig. 17, Fig. 15 against 
Fig. 18, and Fig. 16 against Fig. 19, the 0 degree 
splits are longer in the models with blocked plies 
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than with dispersed plies due to more energy being 
available. Such different split lengths can blunt the 
stress concentration at the notch tip, and account for 
the higher failure initiation load in the laminates 
with blocked plies than the dispersed-ply laminates. 

In the models of blocked-ply laminates with surface 
45 degree plies, the splits in the central double 0 
degree ply block are longer than those in the 
outboard single 0 degree ply blocks before the 
Weibull criterion is met. By comparison, in the 
laminates with surface 90 degree plies as shown in  
Fig. 19, the split length in the single 0 degree ply 
block is similar to that in the outboard single 0 
degree plies in the laminates with surface 45 degree 
plies because they are all of the same ply thickness. 
This may give rise to higher initiation loads in the 
laminates with blocked plies with surface 45 degree 
plies than with surface 90 degree plies. 

5 Summary 

The stacking sequence is an important factor in 
notched tensile strength. Firstly, blocked-ply OCT 
specimens are stronger than dispersed-ply OCT 
specimens due to longer splits and bigger 
delamination area blunting the stress concentration 
at the notch tip. Secondly, the failure initiation in 
specimens with blocked plies with surface 45 degree 
plies occurs at a higher load level than those with 
blocked plies with surface 90 degree plies due to its 
central double 0 degree ply block. Lastly, such 
different 0 degree split lengths with different layups 
are less significant in notched tensile strength of 
specimens with dispersed plies. 
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Fig. 1. OCT specimen dimensions [8] 
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Fig. 2. Test setup 

 

 
Fig. 3. Stacking sequences 

 

 
Fig. 4. Load-POD curves for dispersed plies 

 

 
Fig. 5. Load-POD curves for blocked plies 

 
Fig. 6. Pre-defined interface elements 

 

 
Fig. 7. Mixed-mode traction displacement relationship for 

interface elements [11] 
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(a) Central double 0 degree ply  

 

 
(b) Outboard single 0 degree ply 

Fig. 8. CT images of [45/90/-45/0]4s dispersed-ply 
laminates after the first observed load drop at 9.9 kN  

 

 
(a) Central double 0 degree ply block (4 plies) 

 

 
(b) Outboard single 0 degree ply block (2 plies) 

Fig. 9. CT images of [452/902/-452/02]2s blocked-ply 

laminates after the first observed load drop at 14.6 kN 
 

 
Fig. 10. CT images of 0 degree ply block (2 plies) in 

[902/452/02/-452]2s blocked-ply laminates after the first 
observed load drop at 11.6 kN 
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(a) Central double 0 degree ply 

 

 
(b) Outboard single double 0 degree ply 

Fig. 11. CT images of [45/90/-45/0]4s dispersed-ply 
laminates after the major load drop at 11.2 kN 

 

 
(a) Central double 0 degree ply block (4 plies) 

 

 
(b) Single double 0 degree ply block (2 plies) 

Fig. 12. CT images of [452/902/-452/02]2s blocked-ply 
laminates after the major load drop at 22.4 kN 

 

 
Fig. 13. CT images of 0 degree ply block (2 plies) in 

[902/452/02/-452]2s blocked-ply laminates after the major 
load drop at 20.6 kN 

 

ICCM19 5009



 

7  

STACKING SEQUENCE EFFECTS IN OVER-HEIGHT COMPACT
TENSION TESTS OF QUASI-ISOTROPIC LAMINATES

 
Fig. 14. Splits in the central double 0 degree ply in 

[45/90/-45/0]4s dispersed-ply laminates at 7.7 kN (1.5 
mm-long) 

 

 
Fig. 15. Splits in the outboard single 0 degree ply in 

[45/90/-45/0]4s dispersed-ply laminates at 7.7 kN (1.0 
mm-long) 

 

 
Fig. 16. Splits in the single 0 degree ply in [90/45/0/-45]4s 

dispersed-ply laminates at 7.7 kN (0.9 mm-long) 
 

 
Fig. 17. Splits in the central double 0 degree ply block (4 
plies) in [452/902/-452/02]2s blocked-ply laminates at 12.0 

kN (10.8 mm-long) 
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Fig. 18. Splits in the outboard single 0 degree ply block (2 
plies) in [452/902/-452/02]2s blocked-ply laminates at 12.0 

kN (7.6 mm-long) 
 
 

 
Fig. 19. Splits in the single 0 degree ply block (2 plies) in 
[902/452/02/-452]2s blocked-ply laminates at 12.0 kN (7.0 

mm-long) 
 

GIC (N/mm)  GIIC (N/mm)  max
I  (MPa)  max

II  (MPa)  α  

0.2 1.0 60 90 1.0 
Table 1. Cohesive interface element properties of IM7/8552 [2] 

 
E11 (GPa) E22=E33 (GPa) G12=G13 (GPa) G23 (GPa) m 

161 11.4 5.17 3.98 41 
max
11t  (MPa)  α22= α33 (⁰C

-1) α11 (⁰C
-1) υ12=υ13 υ23 

3131* 310-5 0.0 0.320 0.436 
* 3131 MPa is for unit volume material. 

Table 2. Lamina properties of IM7/8552 [2][12]  
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Abstract 

 A special test rig for high frequent four-point 

bending of fibre-reinforced flat specimens has been 

developed and combined with several online 

monitoring techniques. By circumventing common 

problems, it allows the detailed investigation of the 

degradation behavior, the damage mechanisms and 

their interaction at very high cycle numbers in the 

range of 10
8
. First data for a set of cross-ply [0/90]s 

GFRP specimens is presented. Analysis of stiffness 

degradation, crack densities and delamination give 

first insights in the effects of load level. 

1 Introduction  

 As the majority of load bearing structures made 

from fibre-reinforced plastics (FRP) has to withstand 

vibrant, cyclic, highly dynamic or at least quasi 

static interval loads, fatigue is an important issue. 

Thus, and due to its complexity fatigue has been one 

of the main focuses in world-wide composite 

research since the 1960s. So far, a broad base of 

knowledge concerning the fatigue mechanisms, its 

dependencies as well as theoretical modeling 

approaches has been established. Experience ranges 

from static fracture to high-cycle fatigue between 

1×10
6
 to 1×10

7
 load cycles. Thus, designing FRP 

structures able to safely withstand more than high 

cycle numbers usually leads to overly conservative 

designs. Typical applications reaching the so-called 

very high cycle fatigue (VHCF) range are GFRP 

wind turbine rotor blades (due to service times of up 

to 30 years) and light weight GFRP compressor 

blades of aero engines (due to frequency). However, 

despite its relevance, the very high cycle fatigue 

behavior of FRP has not been sufficiently 

investigated yet [1].  

 This recent work presents an alternative 

experimental approach to VHCF of FRP trying to 

circumvent the common difficulties and to setup a 

testing environment which  

 provides short testing times by testing at 

elevated frequencies between 50 - 80 Hz 

 avoids thermal heating without being limited 

to extremely thin laminates 

 provides several online damage monitoring 

techniques 

 allows to investigate the degradation behavior, 

the damage mechanisms, the phenomenology 

and the dependencies in VHCF. 

1.1 Available VHCF Knowledge 

 An early and comprehensive series of tests 

regarding the long-term fatigue of wind turbine 

materials has been conducted by Mandell et al. [2]-

[4] in the 1990s. Most tests within the U.S. 

Department of Energy’s (DOE) Wind Energy 

Program were constant-amplitude cyclic stress 

against cycle to failure (SN) tests of common test 

cupons. Furthermore, a high-speed procedure 

allowing tests with frequencies up to 100 Hz was 

developed. More recent VHCF studies analyzing the 

effect of stress level on the growth rates of 

transversal matrix cracks and delamination have 

been published by Hosoi et al. [5]-[9]. According to 

Hosoi et al., tensile load amplitudes below 30 % of 

the static failure stress shifts failure into the VHCF 

range. A change in the order of appearance of 

transversal cracks and interlaminar delamination is 

observed as well. Neither matrix cracking nor 

delamination can be found up to cycle numbers of 

2.0×10
8
 when stress amplitudes are lower than 20 % 

of the static strength. Hosoi et al. reveal that the 

change in fatigue damage growth behavior is caused 

by different growth rates of cracking and 

delamination at each stress level. One essential  
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finding which has been commonly stated by Hosoi 

et al., Mandell et al. and Apinis [10] is, that fatigue 

does not depend on frequency as long as 

temperatures are kept low. 

 All in all, knowledge is rare compared to the LCF 

and HCF range and a comprehensive investigation 

of the damage evolution, the mechanisms and the 

phenomenology in VHCF is long overdue. 

1.2 Challenges for VHCF Testing 

 As already summarized by Mandell et al. [2] 
several difficulties and requirements concerning the 
testing equipment, the specimens as well as the 
damage monitoring have to be solved when testing in 
the VHCF range. The main problems directly result 
from the material properties of FRP. In contrast to 
metals, polymers have significant higher dampings 
and thus suffer from overheating when being tested 
at high frequencies. As high temperatures weaken 
the fatigue strength [11], temperatures have to be 
kept far below the glass transition temperature. 
Generally, in the previous studies this was overcome 
by limiting specimen thickness (Mandell et al.: 
t = 1.5 mm and fibre strands, Hosoi et al.: 
t= 1.1 mm). In addition to overheating the 
measurement of stress parameters by means of strain 
gauges or extensometers does not work for high 
cycle numbers or high frequencies. Another side 
effect resulting from the high in-plane fibre-parallel 
tensile stresses of FRP is the self-fatigue of standard 
servo-hydraulic testing machines. 

2 Experimental Methods and VHCF set-up 

 Testing of FRP in the VHCF range is challenging 

for both, the specimen design as well as the testing 

equipment. Thus, a special test rig circumventing the 

main difficulties has been set up [6]. Its basic idea is 

that the heat transfer problem within the specimens 

can be solved by simply not stressing all laminate 

sections equally. In other words, bending which 

mainly stresses exterior layers is the most favorable 

load case for VHCF-testing. Indeed, even if bending 

fatigue may not be a typical widespread service load 

case, the exterior layers are mainly stressed by 

tension, compression or both. Thus, a technical 

relevancy is given. After having tried several high-

frequency bending configurations in extensive pre-

tests [12], four-point bending turned out to be the 

most promising load case, especially due to the 

constantly stressed middle part of the specimen as 

depicted in Fig. 1. Compared to two- or three-point 

bending, this configuration provides excellent 

damage monitoring possibilities. In contrast to axial 

testing, temperature only rises about 10 °C relative 

to ambient temperature (for cross-ply lay-up) 

without additional cooling. Furthermore, 

comparatively low loadings positively impinge on 

the equipment’s self-fatigue. However, there are 

difficulties as well. As bending requires rather large 

deflections (up to da = ± 5 mm), relatively high 

accelerations have to be maintained continuously. 

This is a major problem for most actuator systems. 

For example, shaker actuators are optimized for high 

loadings and have large inner moving masses 

limiting accelerations and bringing up the need for 

cooling and maintenance. Another problem is the 

surface contact of the load introducing parts and the 

specimen. Surface friction has to be kept low to 

prevent local damage due to wear and heating.  

 
Fig. 1:  Geometric set-up for four-point bending 

equation, amplitudes of force fa and deflection da 

2.1 Test Rig for VHCF Four-Point Bending 

The test rig (Fig. 2) is based on a simple, durable 

and high-frequency capable mechanic mounted onto 

a vibration-free base of steel and concrete. An 

independent VHCF unit (two are already in service, 

two additional are planned) can be seen on the left 

side of Fig. 2. It is driven by a customized 

electrodynamic actuator (1) allowing frequencies of 

up to 80 Hz (non-resonant), depending on the 

specimen configuration. A flat bending specimen 

(t = 2 mm, w = 25 mm, l = 80 mm) is embedded in 

a two-sided light-weight four-point bending device 

(R = -1) detailed on the right. Eight rotatable low-

friction trunnions (four on each side of the 

specimen) prevent frictional heating and abrasive 

damage of the specimen. All four bearings are 

adjustable to specimen thickness. With the middle 

part of the device deflected via a light-weight 

actuator rod, a sinusoidal bending load is applied. 

Both parameters load (one load f on each side of the 

device) and maximum deflection da are measured 

online by means of two load cells and a triangulation 

laser directly pointing on the center point of the 

specimen. A control circuit in Lab View® provides 
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force control and displacement control. For the tests, 

an initial deflection (belonging to the desired stress 

level) is preset. Then, the resulting force is saved as 

reference load and maintained constantly by the 

controller. For degrading specimens, force control 

leads to increasing displacement amplitudes. 

Another aspect is the control of ambient 

temperature. As bending forces are relatively small 

(30 N ≤ fa ≤ 500 N) and as most light-weight devices 

are made of aluminum, changes in ambient 

temperature have undesired effects. Therefore, the 

rig is housed in an air-conditioned chamber with an 

air temperature of approximately 20 ± 1.5 °C. Even 

though the cooling cycles can be identified in the 

force signal, the effect is negligible over time. An 

insight into the test chamber is given in Fig. 3. 

 

Fig. 2:  Schematic Diagram of a VHCF testing unit with 

the four-point bending device (simplified)  

 

Fig. 3:  Overview of the VHCF bending test rig 

2.2 Damage Monitoring and Evaluation 

It is well known that clamping and unclamping a 

specimen in the course of a test has undesired 

effects. Thus, online techniques (the authors declare 

all techniques which do not require specimen 

removal as online techniques) are preferred. Three 

systems have been integrated directly into the test 

rig (Fig. 3). 

Firstly, the loads and the bending deflection are 

monitored (Fig. 4). Therefore, the sinusoidal signals 

are sampled with rate of 2000 Hz. Amplitudes are 

detected constantly, averaged over a timespan of one 

second and finally they are monitored in a 300 load 

cycle interval. Simultaneously, the specimen’s 

effective bending (secant) modulus Exb is calculated 

by means of the 4-point bending equation (Fig. 5).  
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Concerning the load ratio of R = -1 all 

examinations are only conducted for one bending 

direction. As all specimens show equal damage 

growths on both sides this limitation is acceptable. 

 Secondly, two optical systems (thermography and 

OTLP, online transmitted light photography) are 

used to analyze matrix cracking and delamination. In 

contrast to infrared imaging which is mainly used to 

monitor delamination hot spots, OTLP allows the 

observation of delamination and matrix cracking. 

Like transmitted-light microscopy, it is based on a 

cold light lamp shining through the transparent 

specimen (GFRP). As the OTLP lamp is integrated 

in the moving part of the bending device and as the 

camera (Fig. 3) is located on the other side, 

specimen removal is not necessary. However, the 

test operation has to be stopped for picture 

sharpness. Transmitted light imaging is adequate for 

deriving phenomenological damage parameters such 

as crack densities and delaminated area fraction.  

  Regarding the calculation of crack densities, it has 

to be differentiated between longitudinal and 

transverse cracks. Often the crack density is defined 

as cracks per unit length       (1/mm) which 

works well for longitudinal cracks and transverse 

cracks completely passing the specimen width. 

However, as free-edge initiated and slowly growing 

fatigue cracks do not cross the specimen width 

immediately, their influence on bending stiffness is 

smaller. Thus, in addition to the number of cracks, 

their lengths are determined as well for each OTPL 

image made for a distinct cycle number. Then, crack 

density is calculated by dividing the total crack 
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length of all full and partial cracks by the product of 

specimen width and longitudinal window length.  

     
∑         
 
   

                 
   |2| 

As this crack density does represent all cracks 

regardless of the specimen side, it cannot be directly 

compared to the measured bending stiffness. In fact, 

as damage growths is rather similar on both sides it 

is assumed that dividing      by two is a tolerable 

simplification. 

Concerning the analysis of delamination, debonded 

areas are measured by means of digital image 

analysis. However, in the recent work this is 

complicated by widely scattered areas of small 

delaminations. 

 

Fig. 4:  Exemplary curves of the two load signals f1, f2 

(N) the total bending force f (N) and the bending 

deflection da (mm) for a degrading laminate 

 

Fig. 5:  Exemplary curve of the effective bending 

modulus Ebx, calculated with the four-point 

bending equation, the specimen geometry and 

the force- and deflection values 

2.3 Specimen and Testing Parameters 

All GFRP specimens (l × w × t = 80 × 25 × 2 mm) 

are made from glass fibre rovings Owens Corning 

OC111AX (1200 tex) and a cold curing epoxy 

system Momentive RIM135/RIMH137. The 

configuration tested in the recent work is a cross-ply 

[90/0]s of four layers with the transversal plies as 

outer layers. With a laminate thickness of 2 mm 

each single layer is        thick. An average fibre 

volume fraction of          is determined by 

incineration. As sewing threads are imperfections 

causing inner heating (at higher frequencies) and as 

they affect the crack and delamination observation 

as well, the laminate is produced unsewn by CNC 

roving stacking and RTM. After cutting, all edges 

are polished to remove initial micro cracks. Due to 

the absence of sewing threads, the laminate nearly is 

transparent. All tests are constant load amplitude 

tests conducted at a moderate testing frequency of 

50 Hz. For a first test series, ten specimens are tested 

at three different load levels as given in Tab. 1. 

These values have been calculated analytically by 

means of the four-point bending equation as well as 

the laminated plate theory for each specimen 

thickness and width before the tests. In each case, an 

initial deflection     is preset to reach an initial 

maximum strain      
   

 and the corresponding stress 

of      
    in the transversal direction of the 90°-plies. 

Specimens number 003 and 010 are tested at a 

maximum initial surface strain of      
    

        exceeding the average strain to rupture of 

     
            (obtained from quasi-static tests). 

The second load level (specimens 005 and 002) is 

settled sharp below the breaking strain and the 

lowest level (specimens 001, 004, 006, 007, 009 and 

012) has an initial surface strain of       
            

 label
*
             

           
        

1 A4PB-001 1.75 0.0026 22.79 

2 A4PB-004 1.78 0.0026 22.73 

3 A4PB-006 1.75 0.0026   22.73 

3 A4PB-007 1.75 0.0026 22.84 

4 A4PB-009 1.77 0.0026 22.79 

6 A4PB-012 1.74 0.0026 22.86 

7 A4PB-005 2.60 0.0037 32.32 

8 A4PB-002 2.50 0.0037 32.56 

9 A4PB-003 3.00 0.0044 38.72 

10 A4PB-010 3.10 0.0044 38.69 

 

Tab. 1:  Overview of specimens and initial load 

parameters  

*: alternating four-point bending (A4PB) 

ICCM19 5015



 

5  

VERY HIGH CYCLE FATIGUE OF FRP: AN ALTERNATIVE EXPERIMENTAL APPROACH 

 

3. Experiments 

 At first, general observations made for all stress 

levels will be discussed. Then, differences between 

the stress levels are going to be revealed. 

3.1 General Observations 

 In all cases transverse cracking and interlaminar 

delamination are the major damage mechanisms. 

Figure 6 shows a typical OTLP image of the 

constantly stressed middle section of a specimen. As 

the load ratio is R = - 1 (bending is conducted to 

both sides) both outer 90°-layers are damaged 

equally. In the image both types of cracks (front side 

cracks, back side cracks) can be distinguished by 

their contrast. Concerning the transverse cracks, it is 

observed that they mainly initiate at the free edges. 

After initiation they grow across the specimen width 

and the ply thickness. This typical process is well 

known from axial tests in literature (e.g. [13]), 

especially for relatively thick plies (0.5 mm). 

Dependencies concerning the crack growth rate and 

the longitudinal crack spacing are observed for all 

specimens. For example, crack growth slows down 

when the crack density increases or when two crack 

tips overlap and restrain each other. This has e.g. 

been reported by Boniface and Ogin [14]. 

Furthermore, uneven crack planes and crack tip 

branching as depicted in the figure are typical 

phenomena. Whether there is an interaction between 

front side and back side cracks has not been 

analyzed yet. With increasing cycle numbers, 

transverse cracking decreases and converges to a 

saturation crack density. The second damage 

mechanism which in all cases initiates after 

transverse cracking has progressed is delamination. 

However, no edge delamination occurs at all. 

90°/0°-interface delamination areas are initiated 

locally when transverse cracks, growing in through 

the thickness direction, are stopped by the 0°-layer. 

Fig 7 A and B are offline edge micrographs showing 

transverse cracks with crack tip delaminations. For 

better visualization the specimen is four-point bent 

and side-lighted during imaging. Two different crack 

scenarios can be found. In the first case (A), the 

crack initiates and runs straight towards the 

interface. Here, by chance it splits at a resin rich 

zone before reaching the interface. There, a 

delamination initiates and grows along the interface. 

The second case (B) reveals the existence of cyclic 

tension-compression interaction. Due to the 

compression, a wedge-shaped fragment breaks 

away. In the further fatigue life, all delaminated 

areas grow along the width and length of the 

specimen, sometimes they coalescence, but they do 

not become global reaching from one transverse 

crack to the other. Concerning the material 

degradation, the typical decreases in stiffness as 

known from HCF (e.g. [15]) are observed. 

Generally, in a first range of cycles (depending on 

the stress level) there is a relatively steep decrease 

which then levels to a minimum between 80 % and 

Fig. 6: Typical damage state of the constantly stressed section of a [90/0]s four-point bending specimen 

showing transverse cracking and scattered delamination 
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65 % of the initial stiffness. Transverse cracking 

turns out to be responsible for stiffness degradation 

at all stress levels. Delamination mostly occurs after 

main cracking and seems to have a minor effect.  

 One further observation is that none of the tested 

specimens reach final rupture, not even those tested 

at the highest stress level. As damage progression 

slows down significantly after the point of crack 

saturation, experiments have been stopped after a 

while. This behavior is presumably due to the 

laminate configuration. With the 90°-layers being 

fully degraded and the middle 0°-layers bearing the 

load the specimens become very flexible. Indeed, 

this state is reached for all stress levels. However, as 

the resulting maximum strain in the 0°-layers is 

smaller than the initial surface strains from Tab. 1, 

the onset of damage is probably a timely matter. 

None of the specimens tested showed the onset of 

longitudinal cracking even at 0.9×10
8 

cycles. As 

final rupture does not occur, there is no fatigue life. 

Thus, cycle numbers cannot be normalized and the 

direct comparison of different load levels is vague. 

 

Fig. 7:  Edge micrographs showing transverse crack 

propagation and delamination in the 90°-layers 

3.2 Higher Load Amplitudes 

 Two out of ten specimens (numbers 003 and 010) 

are tested at the highest load level with initial 

surface strains larger than the static fracture strain of 

0.4 %. A third and a fourth one (specimen 002 and 

005) are settled sharp below this value (see. Tab 1). 

Fig. 8 shows the decrease in bending stiffness 

normalized to the initial values. Data has been 

smoothed for better clarity. All specimens show a 

steep loss in bending stiffness forming a typical 

elbow within the first 0.5×10
6 cycles. In comparison 

with specimens 003 and 010 (   
            ), 

specimens 002 and 005 degrade slower due to a 

lower stress amplitude (    
            ). 

However, compared to specimen 010, the stiffness 

decrease of specimen 003 is too slow as well as too 

small. All in all, degraded stiffnesses settle 

asymptotically in a range between 65 % and 75 %. 

No further degradation is measured up to 2.0×10
7
 

(010), 4.0×10
7 (002), 6.5×10

7
 (003) and 7.0×10

7
 

(003) load cycles. Instead, some specimens show a 

slight increase in stiffness which seems to be due to 

internal friction effects with progressing damage 

state. Concerning the damage mechanisms, 

transverse crack densities for specimens 002, 003 

and 010 are shown in Fig. 8 and Fig. 9 respectively. 

Overall, stiffness degradation is represented well. 

Regarding interlaminar damage, all highly stressed 

specimen show large amounts of delamination. 

However, measuring those scattered areas (compare 

Fig. 6) is rather imprecise and thus not conducted so 

far. Generally, delamination sets in during crack 

growth, but still in the very beginning before 

reaching crack saturation. As both load levels are 

settled in the region of static strain to failure, 

degradation behavior does not differ significantly. 

3.3 Lower Load Amplitudes 

 Six specimens (001, 004, 006, 007, 009 and 012) 

are tested at fibre-orthogonal stress amplitudes of 

approximately    
             and initial strains 

of       
            which is about 60 % of the 

highest load level. As expected, degradation onset 

and progression is delayed. Fig. 10 shows the 

behavior of stiffness and crack density within the 

first 2.0×10
6 

cycles. Obviously, stiffness decreases 

rather slowly not approximating a minimum value in 

this cycle range. Nearly all specimens show 

significant cycle lags in degradation onset. For 

example, degradation sets in at approximately 

3.0×10
4 

cycles for specimen 001, at 5.6×10
4 

cycles 

for specimen 007, at 1.4×10
5 

for specimen 012 and 

not before 2.7×10
5 

cycles for specimen 006. In fact, 

there are scattered incipient cracks. Specimen 012 

for example has a crack density of     (    
   )           , however the effect is too small 

to be measured. The differences in cycle numbers to 

degradation onset are very likely due to material 

inhomogeneity. Concerning the further degradation 

Fig. 11 shows the cycle range up to 1.0×10
8
 cycles. 

It can be seen, that the spreading in initial 

degradation behavior still is present at higher cycle 

numbers. Although the slopes differ, most 

degradation curves seem to have same tendencies. 

Unfortunately, not all tests could have been run to 

high cycles (12 days for 0.5×10
8 
cycles at 50 Hz).  
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Fig. 8:  Stiffness degradation and transverse crack 

density for high load levels, 0 to 2×10
6 
cycles 

 

 

 

Fig. 10:  Stiffness degradation and transverse crack 

density for low load levels, 0 to 2×10
6 
cycles 

 

 

 

 

Fig. 9:  Stiffness degradation and transverse crack 

density for high load levels, 0 to 8×10
7 
cycles 

 

 

 

Fig. 11:  Stiffness degradation and transverse crack 

density for high load levels, 0 to 8×10
7 
cycles 

 

 

 

 

 

 

 

 

 

 

  

Fig. 12: Damage growths (binary images) of specimens 009 (   
            ) and 

002 (   
            ) for similar cycle numbers 
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3.4 Effect of Load Level 

 Although the number of specimens tested is too 

small to derive founded results, first insights can be 

gathered. As expected and known from literature, 

the load level clearly affects the progress of damage 

and degradation. Regarding the cycle numbers, 

higher load levels lead to extensive transverse 

cracking and a steep loss of stiffness forming an 

elbow within the first 1×10
5
 cycles. Stiffness 

minimum and crack saturation is reached within 

1×10
6 

cycles. In comparison, lower loads shift the 

point of crack saturation beyond 1×10
7
 cycles. The 

elbow in stiffness loss is not that distinctive. A log-

scaled comparison plot is given in Fig. 16. It is 

obvious, that most slowly degrading specimens 

neither reach the same minimum stiffnesses nor the 

equal crack densities as those being highly stressed. 

However, plotting degradation over crack density 

(Fig. 17) points out a rather linear damage-

degradation relation with good agreement for all 

load levels (despite all simplifications and not taking 

into account delamination). Deeper analysis of the 

initial cracking by measuring crack lengths reveals 

differences in cracking behavior. Whereas higher 

loads induce transverse cracks directly crossing the 

specimen width (full cracks), lower loads lead to the 

initiation of many slowly growing small edge cracks 

(partial cracks). Fig. 13 shows the percentage of 

partial cracks for the first 1×10
5
 cycles. In fact, 

specimen 004 and 012 do not show a single full 

crack (100 % partial cracks) up to 5×10
4
cycles. 

Contrary, specimens 010, 002 and 009 have a 

fraction of about 10 % to 20 % of full cracks at their 

first OTLP images. In the further degradation 

process the percentage of partial cracks decreases 

along with a growing number of full cracks and a 

reduced initiation of new cracks as depicted in Fig. 

14. Regarding delamination, it has been observed 

that high loads lead to early delamination at the tips 

of transverse cracks reaching the 0°-layers. Although 

delamination areas have not been evaluated in detail 

yet, a tendency can be seen. Fig. 12 gives five OTLP 

binary pictures of specimens 002 (high stress) and 

009 (low stress), taken at comparable cycle numbers. 

In contrast to specimen 009, first delaminations have 

been initiated in 002 before 5.0×10
4 load cycles. 

Then, at 7.0×10
5 

cycles, specimen 002 already 

shows grown delaminations, even though crack 

saturation has not been reached at this state. This 

seems to be different for the low load level. Here, 

noticeable delaminations begin to grow with crack 

saturation. Micrographs of earlier crack states 

reveal, that crack growth in the thickness direction 

of the 90°-layers is slow and thus delays 

delamination initiation. In Fig. 15, the onset of 

increased delamination growth is marked by circles 

to illustrate the observed tendency. However, the 

delamination behavior still has to be examined in 

detail.  

 
Fig. 13:  Partial Crack Fraction against load cycles for 

high and low load levels in the first 1×10
5
 

cycles 

 
Fig. 14:  Partial Crack Fraction against load cycles for 

high and low load levels up to 5×10
7
 cycles 

 
Fig. 15:  Tendencies of distinct delamination onset  
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Fig. 16: Stiffness degradation and transverse crack density for all specimens, log scale 

Fig. 17: Stiffness degradation plotted against transverse crack density for all load levels  
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4. Conclusion 

 An alternative approach to VHCF of fiber-

reinforced composites is presented. It is based on a 

test rig specifically designed for high frequency 

testing of FRP and the idea that four-point-bending 

circumvents the problem of specimen heating. The 

approach allows constant load amplitude testing of 

2 mm thick specimens at frequencies up to 80 Hz. 

Even thicker laminates are possible. Degradation 

behavior and damage mechanisms can be 

investigated by means of three online techniques 

(thermography, transmitted light imaging and online 

stiffness monitoring).  

 A first set of ten inverse cross-ply specimens 

[90/0]s is tested at three load levels. Due to its 90°-

layers primarily bearing the load, transverse 

cracking and delamination are the main damage 

mechanisms. As known from the HCF range, the 

degrading transverse layers lead to an overall 

decrease of bending stiffness in the early fatigue life. 

For the higher loads this decrease is within the first 

one millon cycles. Testing at low loads extends the 

degradation up to 10 million cycles due to a different 

cracking behavior. Whereas for high loads 

transverse cracks cross the specimen width and ply 

thickness immediately, partial cracking prevails at 

lower loads. As cracks grow slower in thickness 

direction, delamination initiation is delayed. In 

comparison, most slowly degrading specimens 

neither reach the same minimum stiffnesses nor the 

equal crack densities as those being highly stressed. 

However, all specimens show agreeing damage-

degradation relations.  

 So far, first insights have been gained. Upcoming 

experiments will have to be conducted 

 for a larger number of specimens and at 

lower load levels 

 up to higher cycle numbers 

 with shorter OTLP intervals in the phase of 

increased degradation 

 for several laminate configurations including 

regular cross ply and angle lay-ups 
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1 Introduction 

The growing interest in textile reinforced 

thermoplastic composites has made considerable 

efforts that have been devoted on the processing 

technology based on in situ polymerized Cyclic 

Butylene Terephthalate (pCBT). However, the 

brittleness problem of pCBT after isothermal 

polymerization and crystallization is a significant 

disadvantage that hinders its application. Various 

potential toughening approaches such as co-

polymerization with polycaprolactone [1] or 

tetrahydrofuran [2] have been attempted to overcome 

the brittleness problem of pCBT. The resulting co-

polyesters showed indeed increased toughness. The 

mechanical properties such as stiffness and strength, 

however, were found to be decreased in these co-

polyesters. Further attempt with physical 

modification by adding carbon nanotubes (CNT) was 

conducted as well [1]. The stiffness and strength were 

found to be increased due to the reinforcement by the 

CNTs. Nevertheless the CNTs filled pCBT shows 

little increase in toughness. In this research, a new 

concept consisting of binding and toughening is 

therefore proposed for manufacturing of textile 

reinforced pCBT composites. Specifically, textile 

preforms with preforming binder are prepared first for 

enhanced handling stability and improved process 

efficiency. After impregnation of the bindered textile 

preforms with liquid catalyzed CBT oligomers, the 

textile reinforced pCBT composites are manufactured 

successfully at isothermal conditions. The unique of 

this process is that the textile reinforced pCBT 

composites can be efficiently manufactured and 

qualifiedly toughened simultaneously due to the 

tailored preforming binder.  

 

2 Experimental 

2.1 Materials 

2.1.1 Matrix system 

CBT®500 in granular shape, which is purchased from 

Cyclic Corporation (Schwarzheide, Germany), was 

used in this study. Before processing, the oligomers 

were dried overnight at 80 °C in order to remove 

moisture which could interfere with the 

polymerization reaction according to the processing 

guide provided by Cyclic Corporation. The catalyst 

used in this work was liquid FASKAT® 4102 

(Butyltin tris-2-ethylhexanoate, CAS # 23850-94-4) 

and powder TEGOCAT 256 (butyl(oxo)tin, CAS# 

51590-67-1). 

2.1.2 Preforming binder 

Tab. 1. Activation conditions of the employed 

preforming binders. 

Binder Temperature (°C) Duration (s) 

LOTADEL® 

AX8090 

60 30 

EPIKOTE® 

Resin 05390 

90 30 

PARALOID 

EXL® 2314 

150 30 

Three kinds of preforming binder were used in this 

study. The first is epoxy binder EPIKOTE® Resin 

05390 from HEXION special chemicals was chosen 

because of the fact that the possible reaction between 

PBT and epoxy resin system can lead to a tougher 

PBT according to [3, 4]. The other two binder systems, 

PARALOID EXL® 2314 based on acrylic modifier 

from DOW Germany and LOTADEL® AX8090 

based on a random terpolymer of ethylene (E), methyl 

acrylate and glycidyl methacrylate (GMA) from 

Arkema France, are commercial impact modifier 

systems for thermoplastic polyester resins. The 
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activation conditions of the three preforming binder 

are illustrated in Tab. 1. 

2.1.3 Textile reinforcement 

Three kinds of textile reinforcements were applied in 

this research. A uni-directional fabric PANEX35 

from ZOLTEK and biaxial non crimp fabric S32CX 

from Saertex were used for the development and 

evaluation of the processing system. The third textile 

reinforcement is a triaxial non crimp fabric 

manufactured by ITA (RWTH Aachen) in the frame 

of the allied DFG-AiF-Cluster project “Light weight 

and textiles”. The areal weights and fiber orientations 

of the textile reinforcements were summarized in 

Tab. 2. 

Tab. 2. Material properties of textile reinforcement 

Textile 

reinforcements 

 Area 

weight 

[g/m2] 

Fiber 

orientations 

Uni-directional 

carbon fabric 

PANEX 

35 

333 0 

Biaxial non 

crimp carbon 

fabric 

S32CX 530 ±45° 

Triaxial non 

crimp glass 

fabric 

A1 1374 +45/-45/90 

A2 1374 90/-45/+45 

 

2.2 Methodology 

2.2.1 Influence of compaction temperature on the 

compaction behavior of bindered textile preforms 

A lab based binding process, which can be applied for 

both powder and granulate form preforming binders, 

was developed to prepared bindered textile preforms. 

The textile reinforcement used in this study is A1 and 

A2 with a symmetric configuration [+45/-45/90]s. 

The bindered textile preforms were prepared using 

EPIKOTE® Resin 05390 binder and cut into 

compaction test sample after activation of the binder. 

The samples were tested under controlled 

temperature conditions. A preload of 400 Pa was used 

for the compaction experiment. The whole 

compaction process was divided into three stages 

which are compaction, holding deformation and 

release based on the position control. 

2.2.2. Influence of binder on the thermal and 

rheological properties of matrix system 

Thermal properties 

DSC measurements were performed on DSC Q2000 

device from TA Instrument. Experiments were run 

with samples ranging from 7 to 10 mg in the sealed 

aluminum under nitrogen to prevent moisture and 

oxidative degradation. The effect of preforming 

binder on the simultaneous polymerization and 

crystallization phenomenon of the catalyzed CBT 

oligomers was analyzed with samples prepared by 

mixing the materials, including CBT500, preforming 

binder, and the liquid FASCAT4102 catalyst with 

melt blending process. The samples were rapidly 

equilibrated to 190 °C at a heating rate of 100 °C/min 

and held at that temperature isothermally until the 

heat flow trace goes back to baseline. Since the 

polymerization of pCBT from CBT is essentially 

athermic [5], the exothermic peak during the 

isothermal process is considered as the crystallization 

of pCBT. 

Rheological properties 

Viscosity measurements were performed on 

AR2000ex plate-plate rheometer from TA 

Instruments to investigate the rheological properties 

of the catalyzed CBT oligomers. Experiments were 

conducted with sample plates which have a diameter 

of 25 mm and a thickness of about 1 mm prepared 

with a mixture of CBT500 and additives including the 

catalyst and epoxy resin binder. After drying 

overnight at 80 °C, the samples plates were applied in 

the viscosity measurements, in which the complex 

viscosity and its changes as a function of a time and 

temperature was recorded under time sweep step with 

a frequency of 1 Hz and a strain of 0.5 %. 

2.2.3 Development of the manufacturing process 

Thermoplastic Vacuum Assisted Resin Infusion 

To prepare textile reinforced pCBT composites at 

isothermal conditions, the traditional VARI process 

for thermoset resins should be modified according to 

the processing characteristics of reactive processing 

of thermoplastics. The modified VARI for 

thermoplastic oligomers should include commonly 

following features: (1) A resin melting, mixing, and 

transfer unit with a heating capacity up to 205 °C. The 

catalyst should be mixed with CBT500 

homogeneously without dramatic temperature 

fluctuation before resin infusion. The transfer unit 

should provide a constant temperature environment 

so that the resin cannot be cooled down or overheated 

during transfer; (2) A heated molding plate with a 

heating capacity up to 205 °C, which can be used for 
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isothermal production conditions; (3) A suitable mold 

release agent or demolding concept for non-

destructive and easy demolding with a good surface 

finish; (4) A temperature resistant (up to 205 °C) and 

economical flexible mold (vacuum bag), if possible, 

also reusable; and (5) A controlled temperature 

environment for polymerization reaction. 

Verification of the simultaneous binding and 

toughening concept 

Epoxy resin binder EPIKOTE® was chosen for the 

preparation of the bindered textile preforms. After 

manufacturing, the flexural properties of the textile 

reinforced pCBT composites were determined on a 

universal material testing machine (Zwick GmbH Co. 

KG, Ulm) using three point bending test according to 

ASTM D790. A 2.5 kN load cell was integrated to 

measure the flexure force at a loading speed of 

3.41 mm/min. For each laminate, five specimens for 

the flexural test were conducted to ascertain the effect 

of material and test system variability. The flexural 

modulus, the flexural strength, and especially the 

flexural strain at break which indicates the toughness 

of the laminate were investigated. Single factor 

analysis was performed to study the influencing 

mechanism of a single process parameter on the 

flexural properties while other process parameters 

being held constant. A higher flexural strain at break 

while the flexural modulus and flexural strength are 

not significantly changed is considered as the optimal 

performance for the textile reinforced pCBT 

composites. 

2.2.4 Influence of preforming binders on the 

interlaminar fracture properties 

To assess the influence of preforming binder on the 

interlaminar fracture properties, three kinds of 

preforming binder were used for preparation of textile 

reinforced pCBT composites. Interlaminar fracture 

toughness of textile reinforced pCBT composites was 

investigated under mode I deformation. A standard 

double cantilever beam (DCB) test was applied to 

evaluate the mode I fracture toughness. The effect of 

binder type, filling content and preparation concept 

on fracture properties were discussed on the basis of 

morphology analysis of fracture sections with 

scanning electric microscopy. 

2.2.5 Influence of toughening concept on the 

flexural properties 

According to the results from 2.2.4, the preforming 

binder, which leads to the optimum interlaminar 

fracture properties, was applied in this study to 

evaluate the influence of various toughening concepts 

on the toughening performance and mechanical 

properties. In situ toughening, ex situ toughening, and 

the combination of the two methods were considered. 

The purpose of this experiment is to combine the 

advantages of in situ and ex situ toughening concept. 

The advantage of in situ concept is global toughening 

that the matrix of the whole laminate can be 

toughened. The problem is the increase of the matrix 

viscosity and the decrease of mechanical properties. 

The ex situ toughening (i.e. the proposed concept in 

this paper) is local toughening that specially applied 

for the weakest interply regions of the laminate. The 

mechanical properties of the laminate cannot be 

significantly altered due to the matrix of the intra 

laminate regions is not greatly influenced, which is 

also the reason for limited toughening. 

 

3 Results and discussion 

3.1 Influence of compaction temperature on the 

compaction behavior of binder textile preforms 

The compaction temperature represents a positive 

effect on the Fiber Volume Fraction (FVF) as 

indicated Fig. 1, where the relationship between FVF 

and compaction pressure was record under various 

compaction temperatures. As shown in Fig. 1, 

although there are meanwhile effects from 

preforming parameters (Binder activation 

temperature and binder activation time), the FVF 

indicates an obvious increase with increasing 

compaction temperature under the same compaction 

pressure. It is believed that the effect of compaction 

temperature on the FVF can be related to the four 

material state of the binder. Because the four selected 

compaction temperatures correspond to the four 

material states of the binder, which is solid (level 1, 

25 °C), partly melted (level 2, 60 °C), fully melted 

higher viscous (level 3, 125 °C) and fully melted 

lower viscous (level 4, 190 °C). The compressibility 

of the bindered textile preforms can be tailored by the 

compaction temperature due to the fact that the re-

organization of the fibers can be facilitated by the 

lubricating effect from the melted preforming binder. 
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Fig.1. Effect of temperature on the compaction 

behavior of bindered textile preforms 

 

3.2 Influence of binder on the thermal and 

rheological properties of matrix system 

3.2.1 Simultaneous polymerization and 

crystallization 

One of the advantages of CBT resin based technology 

for textile reinforced thermoplastics is that the 

production process can be isothermal at temperatures 

lower the melting point of pCBT (about 225 °C) 

without any thermal cycle. Therefore, the 

simultaneous polymerization and crystallization 

phenomenon during isothermal production process is 

of great importance that should be studied. 

The effect of preforming binder on the simultaneous 

polymerization and crystallization of FASCAT4102 

catalyzed CBT500 at 190 °C is shown in Fig. 2. For 

all of the tested samples only one exothermic 

crystallization peak was observed during the 

isothermal stage of about 30 min. The presence of 

preforming binder significantly changes the 

simultaneous polymerization and crystallization 

phenomenon of the FASCAT4102 catalyzed CBT500 

system. One of the distinct influence due to the 

addition of preforming binder is the starting time of 

crystallization of the FASCAT4102 catalyzed 

CBT500 at 190 °C. Compared with sample without 

addition of preforming binder (0 wt. %) the addition 

of 2 wt. % to 6 wt. % leads to an earlier 

crystallization. The polymerization of CBT oligomers 

to pCBT polymer with sufficient high molecule 

weight seems to be accelerated due to the addition of 

epoxy resin based preforming binder including 

epoxide functional groups which can react with pCBT 

[3, 4]. 

 

Fig. 2. Effect of preforming binder on the 

simultaneous polymerization and crystallization 

process of the catalyzed CBT500 

3.2.2 Rheological properties 

For the rheological analysis the TEGOCAT256 

(0.4 wt. %) catalyzed CBT500 matrix system was 

used for its medium reaction rate and easy sampling 

by powder blending. Fig. 3 illustrates the typical 

variation of viscosity and phase angle with time for 

the selected matrix system measured isothermally at 

190 °C. The curves can be classified into four typical 

zones according to the phase transition depicted by 

the phase angle curve. Zone I in the first 25 min 

indicates the melting and stabilizing of the matrix 

system. The scattered phase angles in this zone 

contributed by the different portion of CBT oligomers 

in the matrix system as observed in the DSC 

investigation on the CBT oligomers. The melted 

portion of CBT oligomers indicates a very low 

average complex viscosity of 0.05 Pa s. Zone II 

between 25 min and 31 min is the stabilized matrix 

system with a phase angle of 90 °C, indicating a 

purely viscous (Newtonian) fluid nature. The 

processing window indicated in the Figure across 

Zone I and Zone II is usually defined for LCM 

processes for evaluation of the processability of the 

applied resin system. This is according to the fact that 

a resin viscosity lower than 1 Pa s is generally taken 

as the appropriate processing viscosity for good 

impregnation of textile fibers [6, 7]. Zone III between 
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31 min and 50 min reflects an abrupt phase change 

from a purely viscous (Newtonian) fluid to a nearly 

elastic solid with a phase angle of about 2°, indicating 

a drastic change in viscoelastic behavior in the matrix 

system. Along with the abrupt phase change, the 

viscosity of the matrix system increases rapidly from 

10 Pa s up to 106 Pa s due to the fast nature of the 

ring-opening polymerization. Zone IV between 

50 min and 60 min illustrates the end stage of the 

reaction, where both the phase angle and the complex 

viscosity remain fairly stable as a result of the 

completely consolidated sample in the measurement 

geometry. The effect of binder filling content on the 

processing time was investigated in the case of epoxy 

resin binder. For both FASCAT4102 and 

TEGOCAT256 catalyzed CBT500 resin, the 

processing time is found to be prolonged with 

increased preforming binder. 

 

Fig.3. Typical viscosity variation of TEGOCAT256 

catalyzed CBT500 during isothermal process 

conditions 

3.3 Development of the manufacturing process 

3.3.1 Thermoplastic Vacuum Assisted Resin 

Infusion (T-VARI) 

A schematic representation of the developed T-VARI 

system is show in Fig. 4a. The CBT500 granulate is 

melted (175-185 °C) in a heated aluminum cup on a 

magnetic stirrer. After pouring the catalyst into the 

resin melt, the mixture is stirred  

 

Fig.4. Development of T-VARI manufacturing 

process 

by a rod rotating in the magnetic field for about 10 

seconds. Then the resin infusion process is started 

with a defined vacuum pressure and mold 

temperature. The resin transfer tube (Silicon) goes 

through a heated L shape copper tube with a diameter 

greater than the resin transfer tube. The copper tube 

is closed with two covers and silicon tube, with iron 

powder filled inside in order to provide an isothermal 

temperature equal to the resin temperature so that the 

resin can neither be cooled nor over heated during 

transfer. A full vacuum of -850 mbar is applied 

during the polymerization reaction. The mold 

temperature is held constant for a scheduled time for 

the polymerization reaction. Two Teflon plates with 

a thickness of 1 mm are used in the experiment: one 

of them is between the laminate and the mold surface 

for easy demolding and the other is between the 

laminate and the vacuum bag for improving the 

surface quality of the final plate. A reusable vacuum 

bag (Silicon film with a thickness of 1 mm) is applied 

to reduce the production cost. The porous fleece is 

used to stop the flow front timely, so that the vacuum 

could be held with a reusable unheated hose at the 

outlet side until the polymerization reaction is 

finished. Fig. 4b and 4c show the developed 

processing system and a triaxial glass fabric 

reinforced pCBT laminate manufactured with the 

manufacturing system. The result indicates that the 

developed infusion process can achieve a good 1-

dimentional infiltration of textile preforms, which is 

essential for analyzing the homogeneity of composite 
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properties such as the variation of mechanical 

properties along the infiltration direction. 

 

 

Fig.5. Impregnation quality of unidirectional carbon 

fiber reinforced pCBT laminate 

 

The impregnation quality of the textile reinforced 

pCBT composites was observed under optical 

microscope using unidirectional fiber reinforced 

pCBT samples. An overview of the cross section of 

the sample with a magnification of 200 times is 

illustrated in Fig. 5. In general the unidirectional 

fibers are impregnated very well by the low viscous 

CBT resin, leaving only a few macro bubbles in the 

interply region. Those macro bubbles may be caused 

by the dual scale flow effect during infiltration. 

Further observation in the fiber bundles was 

performed with a magnification of 1000 times as 

shown in the upper left corner of Fig. 5. Most of the 

fiber filaments are covered by pCBT matrix, meaning 

a good impregnation quality. However, a small 

amount of micro bubbles were observed among the 

fiber filaments as well. These bubbles may be 

included during the mixing of catalyst or infiltration 

because of the unbalance resin flow in the textiles. 

Generally, the results indicate that the performance of 

the developed T-VARI manufacturing process and 

the properties of the manufactured composite 

materials in this research are satisfactory and 

comparable to the process developed in [8]. 

3.3.2 Verification of the simultaneous binding and 

toughening concept 

Fig. 6 indicates a typical flexural stress-strain 

relations of textile reinforced pCBT laminate 

prepared with or without applying simultaneous 

binding and toughening concept. Both of the two 

composite laminate shows a brittle failure before 

yielding as illustrated in Fig. 6. The brittle nature 

inherent in the composite laminate based on pCBT 

matrix was not completely eliminated with the 

proposed concept. However, the composite laminate 

does exhibit a great improvement of flexural strain at 

break. Compared with the reference laminate, an 

increase of 74.2 % in flexural strain at break was 

observed for the textile reinforced pCBT laminate 

prepared with the proposed concept. The expected 

simultaneous toughening of interply region was 

achieved with the applied EPIKOTE® Resin 05390 

preforming binder. Most importantly, the toughening 

performance was obtained without impairing other 

mechanical properties. On the contrary, an increase of 

69.6 % in flexural strength was observed and the 

flexural modulus was not significantly altered. 

 

Fig.6. Typical flexural stress-strain relations of textile 

reinforced pCBT laminate prepared with 

simultaneous binding and toughening concept 

The effect of various toughening concepts on the 

toughening performance was further analyzed 

according to the flexural test results, accompanied by 

the analysis of their influence on the mechanical 

properties. The toughening performance was 

characterized by the value of the flexural strain at 

break. The mechanical performance was assessed by 

the values of the flexural modulus and the flexural 

strength. Tab. 3 illustrates the flexural test results 

from a control laminate without any toughening effort, 
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laminates prepared according to in situ toughening 

concept and laminates fabricated with simultaneous 

binding and toughening concept (quasi as ex situ 

toughening concept). 

Tab. 3. Effect of simultaneous binding and 

toughening concept on the flexural properties of 

textile reinforced pCBT composite 

Con-

cept 

Binder 

filling 

fraction 

Flexural 

modulus 

Flexural 

strength 

Flexural 

strain 

[wt. %] [GPa] [MPa] [%] 

- 0 26.5±2.5 420.7±21.1 1.59±0.07 

In situ 2 25.1±4.5 506.7±54.7 1.94±0.12 

4 26.4±2.8 532.8±25.1 1.99±0.12 

Ex situ 2 28.7±0.9 711.6±31.4 2.75±0.15 

4 21.5±1.7 347.3±11.1 1.69±0.32 

The results show that both in situ and ex situ 

toughening concept have great potential in 

toughening of textile reinforced pCBT composites. 

Compared with the control sample, in situ toughening 

with 2 or 4 wt. % leads to an improvement of about 

18 % in flexural strain. The flexural strength was 

improved by 26.7 % in the case of 4 wt. % 

preforming binder. The flexural modulus, however, 

was nearly not changed. As for the ex situ toughened 

variants, the toughening potential was only observed 

with 2 wt. % preforming binder in the interply region, 

which illustrates an excellent toughening 

performance with an increase of 72.9 % in flexural 

strain, 69.1 % in flexural strength, and even 8.3 % in 

flexural modulus respectively. An increase of 

preforming binder up to 4 wt. % seems to have a 

negative influence on the toughening performance 

and mechanical properties. No significant 

improvement of flexural strain was observed and both 

flexural modulus and flexural strength were greatly 

reduced compared with the control laminate. 

The toughening performance of both in situ and ex 

situ toughening concept for textile reinforced pCBT 

composites may be ascribed to the influence of 

preforming binder on the simultaneous 

polymerization and crystallization process of pCBT 

polymer matrix in the composite laminate. For the in 

situ toughening concept, the pCBT polymer matrix 

was toughened globally since the preforming binder 

was directly mixed with the CBT resin before 

infiltration. There will always be interactions between 

the preforming binder and the catalyzed CBT 

oligomers during manufacturing, including the 

infiltration and the followed isothermal 

polymerization and crystallization process. In the 

case of ex situ toughening concept, however, the 

pCBT polymer matrix was toughened locally since 

the preforming binder is mainly located in the interply 

region of the composite laminate. The interaction 

between the preforming binder and the catalyzed 

CBT oligomers is limited in the interply region and 

occurred primarily during isothermal polymerization 

and crystallization stage. This is because that the low 

viscous CBT oligomer melt tends to impregnate the 

intraply region first due to the lower flow resistance 

when compared with the interply region which is 

partly blocked by the preforming binder. 

 

3.4 Influence of preforming binder on the 

interlaminar fracture properties 

3.4.1 Mode I fracture toughness 

The relationship between applied load and crack 

opening displacement (COD) for the specimens are 

shown in Fig. 7. The results indicate that the applied 

load and the COD are both influenced by the 

toughening concept and binder filling content. For the 

ex situ toughened specimens the applied binders also 

show an effect on the applied load and especially for 

the COD. The specimen ex situ toughened with 

PARALOID EXL® 2314 results the highest COD of 

all the tested specimens. As the stiffness is not 

significantly influenced by the ex situ toughening, the 

increase of COD may indicate that the specimen has 

higher resistance to fracture and that the PARALOID 

EXL® 2314 binder might be the most appropriate 

binder for toughening of textile reinforced pCBT 

composites. 

In order to make a better comparison, an overview of 

the results from all the tested specimens prepared 

with ex situ toughening concept, including the final 

fracture toughness ( ∆𝑎 = 40 ) and the sample 

thickness is shown in Fig. 8. The first row of x-axis 

in the graph is the specimen number from 1 to 3 along 

with the resin infiltration direction. The second row 

of x-axis is the filling contents of the applied binders. 

And the third row indicates the applied binder type. 

The thickness of all the specimens is shown in the 

second y-axis to determine whether there is an 

influence from the thickness variation on the results 
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of mode I fracture toughness. The results indicate that 

there is an intra-part thickness variation for all tested 

laminates and this variation does not result clearly a 

corresponding variation of mode I fracture toughness. 

Therefore, for the pre-selection of binders with DCB 

test, a repeatability test, which is very helpful due to 

the common inter-part thickness variation in VARI 

process, was not considered in this study. 

 

Fig. 7. Load displacement trace from DCB test 

As we can see in Fig. 8, for the eighteen specimens 

with LOTADEL® AX8900 and EPIKOTE® Resin 

05390 binder, the mode I fracture toughness is usually 

lower than 400 J/m2 except for the 4 specimens 

marked with the arrows in the graph, each of which 

shows much higher mode I fracture toughness than 

the other two specimens which has very close results 

from the same laminate (Fig. 8). Therefore, for the 

comparison these 4 specimens are excluded here 

because of the huge inter-specimen deviation. This 

might be attributed to the errors such as the not in-

plane-justified metallic hinge occurred during the 

specimen preparation. After comparing with the 

reference laminate whose mode I fracture is in a range 

of 500 ~ 800 J/m2 (Fig. 8), the binders LOTADEL® 

AX8900 and EPIKOTE® Resin 05390 can be 

removed from the selection list due to the decreased 

mode I fracture toughness. 

In this case, the PARALOID EXL® 2314 would be 

the only choice in the present study for the proposed 

simultaneous binding and ex situ toughening concept. 

Actually, for the nine specimens with PARALOID 

EXL® 2314 binder, the mode I fracture toughness is 

indeed higher than the specimens with the other 

binders at the same loading conditions. An exception 

are the two specimens with 3 wt. % PARALOID 

EXL® 2314, which is still comparative with the best 

results available from the other two binders (Fig. 8). 

This further confirms the initial conclusion that the 

PARALOID EXL® 2314 might be the most 

appropriate binder according to Fig. 7. Of all the three 

filling content for PARALOID EXL® 2314, the 

7 wt. % specimen shows the best performance in the 

aspect of homogeneity. In addition, the specimens 

filled with 7 wt. % PARALOID EXL® 2314 also 

show more homogeneous mode I fracture toughness 

than the reference laminate. 

3.4.2 Fracture surface of mode I deformation 

Fig. 9 shows the SEM images of the fracture surface 

on textile fiber reinforced pCBT laminates with 

various binders derived from DCB tests. As shown in 

Fig. 9a, the reference laminate indicates a typical 

brittle fracture from mode I deformation. The brittle 

pCBT matrix breaks into pieces around the fiber after 

mode I deformation. The effect of the three different 

binders on the mode I deformation are shown in 

Fig. 9b, c and d. The fibers are not with adhesion of 

polymers in the case of pCBT/AX8090 laminate, 

indicating that the LOTADEL® AX8090 binder is 

not compatible with pCBT, such that the resulted 

matrix does not stick to the fibers very well (Fig. 9b). 

Although the EPIKOTE® Resin 05390 shows a better 

compatibility with pCBT matrix compared with 

LOTADEL® AX8090, the toughness of the resulted 

matrix in the interface represents only incremental 

enhancements (Fig. 9c). After comparing Fig. 9d 

with Fig. 9a-c, an obvious difference in the interface 

of the pCBT laminate with the PARALOID EXL® 

2314 binder was observed. Not only a good adhesion 

between the fibers and the matrix is present, but the 

fracture surface indicates a clearly plastic 

deformation, meaning that the brittle pCBT matrix at 

the interlayer of the pCBT laminate is greatly 

toughened by the introduction of PARALOID EXL® 

2314 binder. 
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Fig. 8. The final mode I fracture toughness and thickness of all the tested specimens 

 

  
(a) Reference laminate (b) pCBT/AX8090 3% 

  
(c) pCBT/5390 3% (d) pCBT/2314 3% 

Fig. 9. Scanning electron micrographs of the fracture surface under mode I loading of textile fiber reinforced 

pCBT laminates 
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3.5 Influence of toughening concept on the flexural 

properties 

For further improvement of the performance of the 

proposed concept, a combination of in situ 

toughening concept and ex situ toughening concept 

was tried in order to achieve a tailored global 

toughening performance. Specifically, a small 

amount of binder used additionally as in situ 

toughening agent which is directly mixed with CBT 

oligomers melt in order to toughen the pCBT matrix 

in the intraply region. The amount of binder as in situ 

toughening agent should be as low as possible so that 

the flow properties of the matrix resin and the 

mechanical properties composite would not be 

negatively influenced. The bindered textile preforms 

with 2 wt.% preforming binder was still applied for 

toughening of interply region. Tab. 4 illustrates the 

results of the modified simultaneous binding and 

toughening concept. The two binders, EPIKOTE® 

Resin 05390 and PARLOID® EXL2314, were 

applied in the experiment with 0.5 and 1.0 wt.% of 

each binder as in situ toughening agent. 

Tab. 4. Effect of toughening concept on the flexure 

properties of textile reinforced pCBT composite 

 

The results indicate that the flexural modulus from 

the four modified variants remains nearly unchanged 

as before. However, different performance in flexural 

strength and flexural strain were observed for the two 

binders with modified concept. For the PARALOID® 

EXL2314 binder, both the flexural strength and 

flexural strain were found to decrease when the in situ 

toughening part of binder increases from 0.5 wt.% to 

1 wt.%. The flexural strength and flexural strain 

results from the two modified variants are 12 % and 

16.7 % lower than the pure ex situ toughening variant. 

For the EPIKOTE® Resin 05390 binder, an addition 

of 0.5 wt.% binder as in situ toughening agent leads 

to nearly the same flexural strength and flexural strain 

in comparison with the pure ex situ toughening 

variant. Further increase of in situ toughening agent 

up to 1 wt.% results to a decrease of flexural strength 

and flexural strain as well. 

The different performance of the two binders in the 

modified concept may be attributed to the difference 

of the two binders. The EPIKOTE® Resin 05390 is a 

low melting point epoxy resin which have a good 

compatibility with CBT oligomers at lower filling 

content so that the infiltration behavior is not 

significantly influenced. Therefore, a filling content 

of 0.5 wt.% with in situ concept gives almost the same 

results as the pure ex situ toughening variant. The 

PARALOID® EXL2314 binder is a rubber powder 

with well-defined particle size which remains 

unchanged during in situ mixing with CBT oligomer 

melt according to the product description. As a result, 

only a little amount as low as 0.5 wt.% can already 

increase the viscosity of the mixture, leading to a poor 

impregnation quality. 

4 Summary 

In this work, a new concept consisting of binding and 

toughening simultaneously has been proposed for an 

efficient and qualified manufacturing of textile 

reinforced pCBT composite. Research emphasis has 

been put on the following three aspects: (1) Materials 

characterization focus on the effect of preforming 

binder on the compaction behavior of textile preforms 

as well as the thermal and rheological behavior of 

catalyzed CBT oligomers; (2) Process development 

including T-VARI manufacturing process and single 

factor analysis of the processing conditions; and (3) 

Process optimization in terms of the performance of 

various preforming binders and the toughening 

concept. To summarize, the toughening of textile 

reinforced pCBT composites has been successfully 

achieved with simultaneously improved process 

efficiency by introducing simultaneous binding and 

toughening concept. 
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1 Abstract 

A novel approach to composites fatigue testing is 

presented, to effectively control specimen 

temperature while optimising test duration. This 

offers improved repeatability and increased test 

throughput. 

A fatigue test technique has been developed which 

employs adaptive frequency control in response to 

specimen temperature. Using a thermocouple or a 

commercial infrared detector to supply a feedback to 

the control system, frequency control throughout the 

test can maintain specimen temperature within a 

tight band. Comparable results are presented for 

various composite materials, using representative 

“industry standard” and our novel method.  

 

2 Background  

Fatigue testing of composite materials has become 

increasingly important over the last 5 years or so, led 

most noticeably by the wind energy industry. It is 

now widely recognized that these materials do 

accumulate damage over long periods of cyclic 

loading, even if the failure mode and mechanisms 

are radically different to conventional metallic 

fatigue. Thus the advent of (relatively) high strain, 

long service, safety critical applications, has led to a 

commercial need for composites “fatigue” tests to 

qualify materials.  

Extant standards [1,2] are thorough, but not highly 

prescriptive, embodying conservative 

recommendations for test frequencies, but a 

generous ceiling limit on specimen temperature 

fluctuation. Working at a cyclic loading frequency 

below 5 Hz results in lengthy tests, during which 

specimen temperatures can still rise by as much as 

20 °C. To the laboratory manager such time is 

undesirable and to the material scientist such 

temperature variation is highly questionable. 

 

3 Experimental 

3.1 Equipment  

Instron servohydraulic dynamic test frames were 

used (100kN and 250kN capacities respectively), 

fitted with hydraulic wedge grips, and appropriate 

alignment and anti-rotation accessories (example 

system as see in Fig.1). An Optris PI450 infrared 

camera with configurable analogue output was used 

for non-contact temperature measurements. For 

contacting temperature measurement, thermocouple 

sensors were integrated using National Instruments 

USB thermocouple input units with DAQmx 

software which interfaces directly with Instron 

WaveMatrix test software. Instron’s software also 

embodies a native extension providing real-time 

calculation of dynamic moduli, loss tangent, and 

energy dissipation. 

3.2 Control Implementation  

The system of frequency modulation was developed 

experimentally in a modified version of Instron’s 

test software.  

The adaptive frequency control system is effectively 

an outer loop control algorithm, run by the test 

software, which adjusts the machine controller 

parameters. A number of approaches were tested, 

but monitoring the rate of temperature change 

relative to the target was found to be most successful. 

Control system algorithms and development will not 

be discussed further in this paper.  

Instron has just implemented “Specimen Self-

heating Control” as a standard extension to 

WaveMatrix dynamic test software, and the 

company holds an international patent application 
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[3] on the use of modulated test frequency based on 

temperature feedback to control specimen 

temperature during cyclic loading. 

 

Fig. 1: Typical Instron 8802 test frame suitable for 

ambient temperature composites fatigue - 250kN capacity, 

fitted with hydraulic grips, alignment and anti-rotation 

fixtures. 

 

3.3 Temperature Measurement and Response  

It was notable that the response in measured 

specimen temperature is not necessarily immediate 

when the frequency is altered. In many cases, an 

appreciable lag is observed, which appears to be 

related to the thermal mass and conductivity of the 

sensor connected: larger beaded or probe 

thermocouples can take in excess of 20 seconds to 

register a change in heating rate; fine thermocouples 

somewhat less; infrared bolometer or thermopile 

measurements show an almost instant response. 

3.4 Specimens and Test Regime  

Specimens were prepared and tested in accordance 

with international composites fatigue standards [1,2], 

with glass fibre reinforced, medium temperature 

matrix, and with carbon fibre reinforced, high 

performance prepreg materials respectively.  

Initial tests were conducted in Instron’s facilities 

using glass fibre reinforced material. A basic 

thermal imaging camera was used for non-

contacting temperature measurement during these 

tests, allowing assessment of temperature 

distribution (not discussed in this paper) while 

simultaneously providing an analogue signal for 

temperature to the control system. 

In a more extensive case study, a standard set of load 

controlled, tension-tension, fatigue tests were 

conducted to produce an S-N curve. Peak stress 

values between 60 % and 80 % of static failure 

stress were used, with a loading ratio of R = 0.1, at a 

fixed frequency of 4 Hz, with temperature monitored, 

but not controlled. The complete test regime was 

then repeated using the adaptive frequency control to 

maintain a stable temperature. Since thermocouples 

are the industry standard method for temperature 

monitoring, these tests were conducted using 

thermocouple transducers as the temperature input to 

the control system. 

 

4 Initial Results 

These are demonstrations from the latter stages of 

the frequency control system development, 

illustrating how it responds to two likely test 

scenarios.  

Fig.2 illustrates the start of a typical test, using glass 

fibre reinforced epoxy resin, loaded to 40 % of static 

failure stress, in tension-tension mode at R = 0.1.  

Here an initial frequency of 5 Hz was set, in low 

ambient temperature (18 ± 1 °C), with a target test 

temperature of 21.0 ± 0.5 °C. 

Clearly for this loading rate, 5 Hz was not sufficient 

to cause significant temperature rise, so the system 

has gradually increased this frequency until it 

stabilizes just above 15 Hz, having assessed that 

target temperature will be achieved within 20 

minutes. It is also interesting to note that at around 

20 minutes into this test, a lab door opening caused 

sudden drop in specimen temperature, so the system 

responded by briefly increasing frequency by a small 

amount to correct this. 
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Fig. 2: Adaptive frequency control ramping up to 

optimum temperature. 

 

Clearly for this loading rate, 5 Hz was not sufficient 

to cause significant temperature rise, so the system 

has gradually increased this frequency until it 

stabilizes just above 15 Hz, having assessed that 

target temperature will be achieved within 20 

minutes. It is also interesting to note that at around 

20 minutes into this test, a lab door opening caused 

sudden drop in specimen temperature, so the system 

responded by briefly increasing frequency by a small 

amount to correct this. 

Fig. 3 shows the system reducing the test frequency 

to prevent overheating. Using the same type of 

specimen, this time loaded to 60% of failure stress 

controlled to 28.0 ± 0.5 °C. Having already seen 

some 50000 cycles, this is effectively the final part 

of the test. After an initial settling period commonly 

observed in composites fatigue, tan delta shows 

continuous increase as damage accumulation 

accelerates, as other researchers have observed 

[4,5,6] in various systems. 

Firstly, the starting frequency is quickly reduced to 

prevent overheating, then gradually adjusted to 

correct for the increasing energy deposition rate to 

maintain specimen temperature which would 

otherwise increase significantly [6]. 

 

Fig. 3: Maintaining temperature despite increasing 

heating rate in late stages of fatigue. 

 

 

5 Full S-N curve generation 

45 standard tensile test specimens [1,2] were 

prepared from a single, flat sheet of thoroughly 

conditioned epoxy matrix material with woven 

carbon fibre reinforcement. Following initial 

measurement of static tensile strength, the remaining 

specimens were split randomly into two groups.  

The first group was tested at a fixed frequency of 4 

Hz, in the usual manner used by NCCEF for contract 

testing of tension-tension fatigue.  

The second group was tested at the same stress 

ranges, but this time employing the adaptive 

frequency control method. The control algorithm 

was given a target temperature of 30.0 ± 0.5 °C, and 

allowed a maximum operating frequency of 15 Hz. 

These two datasets are plotted as a standard S/N 

curve in Fig. 4.  

There was no evidence of unusual failure mode for 

the two outlying points observed at the lowest stress 

level in the fixed frequency (4 Hz) data. Since the 

rest of this data set does not show such broad 
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variability, no conclusion can reasonably be drawn 

on that basis. 

Many commercial experimentalists apply a 

logarithmic fit to the S-N data from composite 

fatigue testing to facilitate fatigue life prediction. On 

an empirical basis this appears a good fit for both 

sets of data presented; details of the fitting 

parameters and resultant predictions are tabulated in 

Fig. 5.  

Whether or not this is the best possible methodology 

is not the subject of this paper, but it is undeniably a 

simple extrapolation technique for practically 

obtainable data; one which will generally give 

conservative predictions. The range of fatigue 

resistance and resultant S-N curves for composites 

are as diverse as those seen for metals (if not more 

so), so it seems entirely probable that the behavior is 

not neatly logarithmic, and even a “no fatigue limit” 

might exist in some cases. Validity of this fitting 

procedure and rigorous assessment of confidence 

levels are detailed in relevant international standards 

for analysis of fatigue life data [7, 8]. 

Examining Fig. 5, there is good congruence of the 

fitting curves for fixed and adaptive frequency 

methods. It is interesting to note that both the fit 

quality (“R
2
 value”) and the intercept (prediction for 

static failure) show a small improvement for the 

 

Fig. 4: S-N plot for CFRE (woven prepreg) from fixed frequency and adaptive frequency methods. 

 

Fig. 5: Comparison of data fitting and prediction 

 

Logarithmic fit 

σc = - a ln(N) + c 
Gradient, a 

Intercept, c 

(% UTS) 

Fit quality 

(R² ) 

Predicted Stress 

at 10
7
 cycles 

(%UTS) 

Predicted Stress 

at 10
8
 cycles 

(%UTS) 

4 Hz – all data 3.156 106.7 0.844 55.9 48.6 

4 Hz – exclude outliers 2.886 104.4 0.931 57.9 51.2 

Adaptive frequency 2.651 100.7 0.966 57.9 51.8 
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adaptive frequency data. More importantly, the 

predicted stress level to achieve specific long fatigue 

lives (a key criterion for many commercial 

applications) is extremely similar. 

Fig. 6 gives a comparison of the time reduction and 

frequency variation resulting from the use of 

adaptive frequency control for a full set of fatigue 

tests on this material. 

Firstly, from the authors’ viewpoint, the headline 

figure is that of a 27.5% reduction in total machine 

time to produce the data set. On the basis of the 

NCCEF fixed frequency testing at 4 Hz which took 

approaching two months of machine time, this 

represents a significant saving, both in time and 

power consumption for the laboratory.  

Secondly, this time saving is achieved with fairly 

conservative variation in test frequency. It has been 

proposed that an increase in test frequency of even a 

whole order of magnitude may have little effect on 

the fatigue behavior of composite materials [9]. 

Composite fatigue practitioners frequently mention 

temperature increases exceeding 20 °C in materials 

with woven reinforcement; clearly this cannot be 

deemed a well-controlled test, or representative of 

operating conditions. The authors of this paper 

propose that closed loop frequency modulation to 

control the degree of specimen heating, offers a 

valuable and realistic alternative. 

 

6 Conclusion 

The authors had sought to increase test throughput 

for tests, and allow the experimentalist more realistic 

access to the long fatigue life data, which are often 

of greatest interest. In this regard, the development 

of an adaptive frequency control method for fatigue 

testing of composites can make a tangible difference.  

A case study demonstrated that this new approach 

resulted in a major reduction in machine time 

requirement, without any significant influence on the 

final output of the test. 

 

 

 

 

 

Fig. 6: Comparison of machine time for a fatigue data set 

 

Frequency variation Total time for S/N curve Equivalent time at 4 Hz Time saving vs 4 Hz 

< 62 % 40 days 55 days 27.5 % 

 

 

Load (%UTS) Specimen Self-Heating Control Fixed Frequency 4 Hz 

 
Frequency achieved* 

(Hz) 

Time per specimen* 

(hours) 

Equivalent time per 

specimen (hours) 

80% 3.59 0.93 0.84 

75% 4.01 3.9 3.9 

70% 4.64 22 24 

65% 5.03 290 349 

60% 6.49 642 946 

 * averaged across duration of test ** from cycles to fail 
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Abstract

In this paper, the structural design and validation of
blades for a variable pitch and speed 10 kW wind tur-
bine is presented. Blades are 3.76 m long and built
using glass/epoxy composite materials. The design
of this wind turbine was made according to the IEC
61400-2 standard on small wind turbines. Blade loads
were computed using the FAST aeroelasticity software.
The blade structural design was made with the Op-
tiStruct �nite element solver using the strutural opti-
misation capabilities of this software in the early stages
of the preliminary design. The blade was vacuum in-
fused in three parts (upper skin, lower skin and shear
web) and bonded togheter in a subsequent step. Static
and modal structural test showed that the blade is able
to resist to the design loads and that experimental re-
sults are similar to numerical results.

1 Introduction

This paper presents the structural design and val-
idation of a composite blade for a 10 kW wind tur-
bine designed at École de technologie supérieure in
Montréal (Québec, Canada). The project was funded
by the Natural Sciences and Engineering Research
Council of Canada's Wind Energy Strategic Network
(NSERC/WESNet). This network was formed to pro-
mote wind energy, to �nd new technical solutions, to
help canadian manufacturers to invest the wind tur-
bine industry and to form highly quali�ed personnel.
About 150 students were funded by WESNet during
the �ve year duration of the network. The 10 kW wind
turbine project was launched to test new technolo-
gies developped by WESNet researchers, demonstrate
and evaluate these technologies on a wind turbine and
transfert the technology to the canadian industry. The
wind turbine was designed and manufactured over a 15
month period, between January 2011 and March 2012.
It was commissioned in June 2012 and is now being
monitored at the Wind Energy Institute of Canada
(WEICan) on Prince Edward Island.

After a short presentation of the 10 kW wind tur-
bine characteristics, the blade aerodynamic design will
be outlined. A section will then be dedicated to the
blade loads computation. The blade structural design
methodology and �nal design will be presented next.
Finally, the blade validations tests will be described
and compared to the numerical results.

2 Wind turbine characteristics

This turbine is a pitch regulated variable speed
wind turbine equiped with a direct drive synchronous
generator designed at University of New Brunswick
(Canada). The rotor diameter is 8.08 m and the tur-
bine reaches its nominal electric power of 10 kW at a
wind speed of approximately 9 m/s and a rotor speed
of 185 rpm. For wind speeds below this value, the
blade pitch angle is �xed and the rotor speed is ad-
justed to get the maximum power output. For winds
above the nominal speed, the pitch control system is
activated to maintain the rotor speed as close as possi-
ble to 185 rpm and consequently limit the power out-
put to 10 kW. No yaw control system is needed as the
rotor use a downwind con�guration and the nacelle
yaw motion is unconstrained. The rotor therefore auto
aligns itself when the wind direction changes. Table 1
summarize the wind turbine characteristics and Fig-
ures 1 and 2 show respectively the nacelle without its
covers and the assembled wind turbine.

3 Blade aerodynamic design

The blade uses airfoils of the Delft University of
Technology family [1] and was designed using blade
element momentum (BEM) theory. As the aerody-
namic design has to consider both aerodynamic and
structural considerations, in the early stages of the
aerodynamic design, conservative characteristic loads
were used to verify that the current design met the
structural requirements.
Table 2 shows the �nal aerodynamic design of the

blade. Thicker airfoils are used near the blade root

1
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Table 1: WESNet 10 kW wind turbine characteristics
Nominal power 10 kW
Cut-in wind speed 3 m/s
Nominal wind speed 9.5 m/s
Number of blades 3
Rotor speed range 0�250 rpm
Nominal rotor speed 185 rpm
Rotor orientation downwind, free yaw
Rotor diameter 8.08 m
Nominal tip speed ratio 8.5
Hub height 24 m
Control system active pitch
Hub radius 0.28 m
Rotor coning 3◦

Generator variable speed, direct drive

Figure 1: WESNet 10 kWwind turbine nacelle without
covers.

Figure 2: WESNet 10 kW wind turbine.

2
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Table 2: Blade aerodynamic shape. r is the distance
from blade root, c is the airfoil chord length and θT is
the airfoil twist angle.
r θT c Airfoil
[m] [deg.] [m]
0.000 15.3 0.200 Circle
0.160 15.3 0.200 Circle
0.560 15.3 0.334 DU-97-W-300
0.760 14.5 0.318 DU-97-W-300
0.960 13.7 0.303 DU-91-W2-250
1.160 12.9 0.287 DU-91-W2-250
1.360 12.1 0.271 DU-91-W2-250
1.560 11.2 0.256 DU-91-W2-250
1.760 10.4 0.240 trans. 212-250
1.960 9.6 0.224 DU-00-W-212
2.160 8.8 0.208 DU-00-W-212
2.360 8.0 0.193 trans. 180-212
2.560 7.2 0.177 DU-96-W-180
2.810 6.2 0.157 DU-96-W-180
3.060 5.2 0.138 DU-96-W-180
3.260 4.3 0.122 DU-96-W-180
3.460 3.2 0.106 DU-96-W-180
3.660 1.3 0.090 DU-96-W-180
3.760 0.0 0.083 DU-96-W-180

for structural reasons. Sectional loads are higher at
this location and thicker airfoils allow a higher section
modulus. Near the blade tip, where the sectional loads
are lower, it is possible to use thinner airfoils to get
maximum aerodynamic e�ciency.

4 Blade loads computation

Once the aerodynamic design was �xed, to deter-
mine the blade design loads, the turbine was analysed
using the aeroelasticity code FAST [2]. This software
models the entire wind turbine as an assembly of rigid
and �exible bodies. In our analysis, all parts were
considered rigid and the only degrees of freedom that
were taken into account were the nacelle yaw motion
and the variable rotor speed.
As the wind turbine is a free yaw downwind ma-

chine, the only control strategies to model were the
variable rotor speed and the blade pitch control mech-
anism. The variable rotor speed control was modeled
by specifying the torque / rotational speed curve of
the generator as supplied by the designer. The pitch
control system use a proportional-integral controler.
The control systems was modeled with Simulink using
the FAST's Simulink interface.
All the relevant ultimate load cases of the aeroelastic

method de�ned in the International Electrotechnical

Commission (IEC) standard on design of small wind
turbines [3] were evaluated using FAST. These load
cases include normal power production, power produc-
tion with control system fault, shut down, idling and
parked wind turbine for di�erent wind conditions.
The fatigue load cases were treated di�erently. In

addition to the aeroelastic method, the IEC standard
presents a simpli�ed method to evaluate conservative
load cases. The simpli�ed fatigue load case is based on
the load range of a wind turbine that operates between
0.5 and 1.5 times the design rotor speed and 0.5 and
1.5 times the rotor aerodynamic torque. The simpli-
�ed method also includes the possibility to analyse the
fatigue load case as a static load case using a safety
factor of 10 on static material strengths. The fatigue
load case used is based on this procedure. The nomi-
nal operation condition was modeled with FAST to get
the aerodynamic loads and the gravitational and iner-
tial loads were applied directly in the �nite element
model.
This analysis of all load cases with FAST allowed to

identify, in addition to the fatigue load case, 3 criti-
cal load cases to use for the blade structural design:
maximum root axial force, maximum root edgewise
bending moment and maximum root �apwise bending
moment. The maximum root axial force and edgewise
bending moment occur when the wind turbine in nor-
mal operation is submitted the the normal turbulence
model with a wind speed of 25 m/s. The maximum
root bending moment happens when the wind turbine
in normal operation faces the extreme operating gust
at nominal wind speed. During this situation, wind
speed increases suddenly from 9.5 m/s to 14 m/s and
then reduce to 9.5 m/s. This causes an acceleration of
the rotor speed that causes a rapid nacelle yaw move-
ment generating high out-of-plane gyroscopic forces.
These forces are in the opposite direction of the aero-
dynamics forces so that the blade's upper surface is in
tension and the lower surface is in compression.
According to the IEC61400-2 standard, a safety fac-

tor of 1.35 was applied to the ultimate loads and no
safety factor was applied on fatigue load.

5 Blade structural design methodology

Figure 3 shows a schematic representation of the
topology of the blade cross section. The blade is made
of three parts (upper and lower surfaces of the airfoil
and shear web) bonded together. Both aerodynamic
shells are thicker in the maximum thickness region of
the airfoil (between 15 % and 45 % of chord length)
to form the spar caps that support most of the blade
loads.
The materials used in this blade are similar to those

of large wind turbines. The main structural material is

3
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spar caps

web

bonded joints

Figure 3: Blade internal structure.

Saertex glass �ber with Gurit's Prime 20 epoxy resin.
Two di�erent non crimp fabrics (NCF) are used : a
655 g/m2 unidirectional fabric for plies at 0◦ (�ber
in the blade longitudinal direction) and a 609 g/m2

bidiagonal fabric containing plies at +45◦ and −45◦.
0◦ plies are 0.50 mm thick and plies at +45◦ and −45◦

are 0.23 mm thick each.
The shear web is a sandwich panel made of Gu-

rit Corecell A500 between glass/epoxy skins. On
the blade surface, there is also a layer of gelcoat
(0.51 mm thick) and a ply of chopped strand mat
(CSM, glass �ber with epoxy vinylester, 0.65 mm
thick). A methacrylate adhesive is used to bond the
aerodynamic skins and shear web together. Table 3
shows material properties used for blade design. Note
that all material strengths of Table 3 have been di-
vided by a safety factor of 3.0 (according to the IEC
61400-2 standard) when entered in the �nite element
model exept for the fatigue load case where the safety
factor was 10.
Figure 4 shows the geometric model and the mesh

of the inner part of the blade. The mesh is mostly
made of four node shell elements. The chord length
is discretized with about 25 elements and the size of
elements is reduced towards the blade tip to get ele-
ment aspect ratios as close as possible to 1. The �nite
element model has a total of 21 553 nodes and 21 536
elements.
The aerodynamic loads were applied in the model

as pressure on the blade's surface elements. These
pressures were computed using Matlab routines to re-
produce the aerodynamic load distribution computed
by FAST. The gravitational and inertial loads were ap-
plied as volume loads in the �nite element model us-
ing the wind turbine operating conditions (rotor and
nacelle rotational speed and acceleration, blade az-
imuthal position and blade pitch) computed by FAST.
The �nite element analysis software OptiStruct [6]

was used for the structural design of the blade. In
the early stages of the design process, optimization
capabilities of OptiStruct were used. When de�ning
the layup for each blade regions (di�erent colors in

Figure 4a, the smear option was enabled, allowing
to de�ne only one ply of each orientations (0◦ and
±45◦). The smear option homogeneizes the materi-
als in-plane properties through the thickness so that
the stacking sequence is ignored. The thickness of
theses superplies for each blade regions was used as
design variables. The objective of the optimization
problem was to minimize the blade mass while ensur-
ing composite strength, avoiding buckling and limiting
the blade tip de�ection to 12 % of the rotor radius for
each of the design load cases. For more details about
this methodology, see section 8 of a previous paper by
Forcier and Joncas [7].
Once this optimization process was completed, the

design was adjusted manually to take into account
manufacturing constraints that were not included in
the optimization run (e.g., discrete ply thickness, in-
creasing layup thicknesses towards blade root, ply se-
quence). The �nal blade composite layup is presented
in Table 4.
The blade root to hub attachment system is based

on a concept used for the Sandia National Labora-
tories' Blade System Design Studies [8]. M16×2 steel
threaded studs are inserted into 15 mm thick steel half-
rings at the blade root and incorporated in the blade
composite laminates prior to infusion. The length of
the studs inside the blade is 155 mm and the studs are
tapered for the last 115 mm (see Figure 5). An exper-
imental validation of this concept has been done by
a tension test on a steel stud embedded in a compos-
ite laminate similar to the blade root laminate. This
assembly succesfully resisted to the design load.

6 Blade manufacturing

The blades have been manufactured at Composites
VCI (Saint-Lin, Québec, Canada). Both aerodynamic
skins were manufactured separately in renshape molds
using vacuum resin infusion. A layer of gelcoat was
�rst applied on the mold and a ply of chopped strand
mat (CSM) was laminated by hand layup. Glass �bre
plies were then placed incorporating the steel parts
at root as shown in Figure 5a�c. Near the blade root,
where the composite laminate is thick, both skins were
bonded together using a but joint. Counter molds were
used to get a good �at surface for bonding (one counter
mold shown on Figure 5a�c). In addition to these
counter molds (two for the upper surface skin and two
other for the lower surface skin) an other counter mold
was installed on the lower surface mold along the blade
leading edge to create a lap joint as shown in Figures 3
and 5e. At the trailing edge, no counter mold was
necessary as both skins were bonded on the internal
surface of each other.
Once both aerodynamic skin were infused, they were

4
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Table 3: Material properties used in the �nite element models.
UD1 CSM2 Core3 Gelcoat2

Longitudinal elastic modulus E1 [MPa] 38954 9650 72.5 3440
Tranverse elastic modulus E2 [MPa] 14538 9650 72.5 3440
Major Poisson ratio ν12 0.29 0.30 0.39 0.30
Shear modulus G12 [MPa] 4239 3860 26 1380
Longitudinal tension strength ST

1 [MPa] 776 124 1.3 -
Longitudinal compression strength SC

1 [MPa] 522 - 0.9 -
Transverse tension strength ST

2 [MPa] 54 124 1.3 -
Transverse compression strength SC

2 [MPa] 165 - 0.9 -
Shear strength S12 [MPa] 56 - 1 -
Density ρ [kg/m3] 1884 1670 92 1230
Ply thickness t [mm] * 0.65 19.05 0.51

* 0.50 mm for 0◦ plies and 0.23 mm for +45◦ and -45◦ plies.
1 From the Optimat Blades project [4].
2 From the WindPACT turbine design studies [5].
3 From material technical data sheet.

(a) (b)

Figure 4: Blade model. Regions with di�erent colors have di�erent composite laminates. (a) Surfaces. (b) Mesh
of the inner part.

5
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Table 4: Blade layup.
Blade region, distance from blade root Laminate
Blade root circular region

0 mm�210 mm [GC/CSM/(+45/-45)3/06/(+45/-45)3/*/
(+45/-45)3/08/(+45/-45)3]

Spar cap, from 15 % to 45 % of chord length
210 mm�960 mm [GC/CSM/(+45/-45)2/011/(+45/-45)2]
960 mm�2560 mm [GC/CSM/(+45/-45)2/010/(+45/-45)2]
2560 mm�3160 mm [GC/CSM/(+45/-45)2/06/(+45/-45)2]
3160 mm�3776 mm [GC/CSM/(+45/-45)2/02/(+45/-45)2]

Aerodynamic shells, outside spar cap
210 mm�960 mm [GC/CSM/(+45/-45)2/011/(+45/-45)2]
960 mm�3776 mm [GC/CSM/(+45/-45)2/01/(+45/-45)2]

Shear web
210 mm�3776 mm [(+45/-45)3/Core/(+45/-45)3]

* Steel studs or 0◦ unidirectional glass-epoxy �ller.

(a) (b) (c) (d)

(e) (f) (g) (h)

Figure 5: Blade manufacturing: (a�c) blade root layup; (d) infused lower surface; (e) bonding lip on lower surface's
leading edge; (f) bonding of shear web on lower surface, nine positioning jigs are used (only two shown); (g) bonding
of the upper surface on the lower surface and shear web assembly; (h) close view of the assembled blade root.

6
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trimmed and the shear web was bonded to the lower
surface as shown in Figure 5f. The shear web was cut
out from an infused �at sandwich panel. The upper
surface was then bonded to the assembly of lower sur-
face and shear web as shown in Figure 5g. Figure 5h
shows the bonded blade near the root region.
Once assembled, the blade was �nished and post-

cured at 65◦C for 7 hours.
The �nal blade mass is 28 kg.

7 Blade testing

To validate the structural design, a blade was tested
according to the IEC standard on structural testing for
wind turbine blades [9]. The blade was cantilevered at
root and loaded with sand bags as shown on Figure 6.
The blade was instrumented with strain gauges and
de�ection was measured during the test.
The test load was de�ned using the �apwise bending

moment distribution of the �apwise critical load case
simulated with FAST. This load distribution was then
multiplied by 1.35, the safety factor on loads for blade
design, and by 1.10, the safety factor for test accord-
ing to the IEC standard on blade testing [9]. The sand
bag distribution for the di�erent load increments were
computed to reproduce this bending moment distribu-
tion taking into account the self weight of the blade.
As stated earlier, the critical �apwise load case is in

the opposite direction of the normal operating aero-
dynamic loads. The blade was therefore tested with
the upper surface upward and load applied downward.
The blade was �rst tested up to 100 % of the test load,
then, it was turned to applied the same load distribu-
tion but in the opposite direction (in the aerodynamic
loads direction for normal operation conditions). The
blade also successfully resists to this load case.
The blade was then repositioned in its �rst orienta-

tion and the load level was increased up to 150 % of
the test load without any noticeable damage.
When comparing the test results to the numerical

results, we can see �rst, as shown in Figure 7, that
the blade tip de�ections measured during the test at
di�erent load levels were in good aggreement with the
numerical results. All di�erences are below 4 %.
Figure 8 shows the longitudinal normal strain on

the blade surface at 100 % of test load. Extracting
the strain values along the spar caps center lines al-
lows to compare with strain gage measurements (Fig-
ure 9). Di�erences between experimental and numeri-
cal results are higher than those of the de�ection mea-
surements but are still in relatively good agreement.
These di�erences can be explained by the fact that
de�ections are global measures while strains are more
a�ected by local phenomena that could be missed by
the �nite element model. Inaccuracy in the position
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Figure 7: Blade tip de�ection at di�erent fraction of
the test load.

Table 5: Blade modal analysis results.
Modes Frequency [Hz] Error (%)

Test FEA
1 6.39 6.43 0.63
2 16.1 16.2 0.62
3 20.1 19.5 -2.99

of the strain gages could also explain the di�erences
observed.
A modal analysis was made by de�ecting and sud-

denly releasing the blade tip. An accelerometer on the
blade was used to measure the vibration induced. The
Fourier transform of the acceleration signal allows to
compute the natural frequencies of the structure. Ta-
ble 5 shows these results and the frequencies computed
with the �nite element model. The di�erences between
numerical and experimental results are limited to 3 %
for the �rst three eigenmodes.

8 Conclusion

The objective of the small wind turbine project
funded by Wind Energy Strategic Network was to de-
sign and build a 10 kW wind turbine. The aerody-
namic design of the blade was made using blade ele-
ment momentum theory and structural loads were ob-
tained from aeroelastic simulations using the NREL's
FAST code. The structural design of the glass/epoxy
composite blade was made according to the IEC 61400-
2 standard using the Optistruct �nite element soft-
ware. During the early stages of the design process,
the optimization capabilities of this software was used.
The blades were manufactured by vacuum infusion

7
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Figure 6: Blade validation test.
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Figure 8: Contour plot of longitudinal normal strain on the blade surface at 100 % of test load. Upper image shows
the lower surface and lower image shows the upper surface.
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Figure 9: Variation of longitudinal strain along the
center of the spar caps at 100 % of the test load.

of shear web and both upper and lower aerodynamic
skins that were bonded together in a subsequent step.
A static test showed that the blade is able to resist
to the design load without any damage and de�ection
and strain measurements aggree well with the numeri-
cal results. A modal analysis of the blade also showed
good agreement with the numerical analysis.
As part of a Ph.D. project, this blade design will

be tested soon at typical cold climate temperature to
study the blade structural behaviour under these con-
ditions.
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1 Introduction  

There is a growing interest in the use of textile 
reinforcements for advanced composite applications 
[1]. Meso-scale finite element (FE) modeling of 
woven composite offers a powerful tool to 
understand the behavior of such materials and to 
study the effect of their reinforcement architecture 
on their effective properties [2]. However, the 
reliability of these approaches is influenced by the 
way the fabric geometry is approximated. Yarn 
geometry has only a modest effect on the average 
elastic modulus, but stress localization and strength, 
for examples, could be greatly affected by local 
variation of the yarn geometry [3,4]. The level of 
detail required in the description of the yarn 
geometry to accurately capture the effect of the 
architecture is still an open question. 
Idealized yarn geometry have been proposed by 
many authors to construct geometric models of 
woven fabrics, see e.g. [2,5-7]. Yarns are modeled as 
solid volumes which bound the fiber bundle. Yarn 
cross section is often described by simple geometric 
entities as ellipse or lenticular section. Moreover, it 
is generally supposed to remain constant along the 
length of the yarn. Such modeling assumptions may 
be questionable with respect to the true shape of the 
yarns cross section in actual material. Constant cross 
section also often lead to yarn intersections in all but 
the very simplest weaves. Intersections may be 
corrected by adjusting the yarn width and rotations 
at the crossover points in the weave [6], but it would 
eventually leads to some loss in yarn volume. Yarns 
interpenetrations could also be tackled by solving an 
intermediate FE problem using a “separate and 
compress” approach [2]. It requires, however, the 
experimental identification of the effective behavior 
of yarns under compaction. An alternative way to 
approach the geometry of textile reinforcement is to 

explicitly simulate the manufacturing process of 
these structures [8-10]. The step-by-step simulation 
of the whole weaving process requires large 
computational resources. Thus, Miao et al. [11] 
proposed a static relaxation approach which proved 
to give similar results to an explicit simulation of the 
weaving process, but for only a fraction of the 
computational cost. An initial guess fabric structure 
is constructed with correct topology based upon the 
fabric weave pattern ; then, a pre-tensile force is 
applied to the yarns in order to imitate the tension 
they experience during the weaving process. The 
fabric deforms until reaching a new equilibrium state 
which should correspond to the relaxed state of the 
fabric at the end of the weaving process. This 
relaxation approach has also be used in [12,13]. It 
should be noted that a similar approach has also 
been proposed by Durville based on his previous 
work on the mechanical behavior of entangled 
materials [14]: starting from an arbitrary 
configuration, where yarns interpenetrate each other, 
tows are moved gradually until their arrangement 
fulfills the chosen weaving pattern and there is no 
more interpenetration [15,16]. 
This paper proposes a simulation procedure based on 
a relaxation approach to generate realistic geometric 
models for interlock woven fabrics. An initial fabric 
geometry is constructed using an idealized solid yarn 
description. Then, yarns are  then discretized into 
fibers. Tensile forces are imposed to the yarns and 
are progressively relaxed as the fabric deforms. The 
mechanical equilibrium is solved using an explicit 
first-order scheme. Algorithmic aspects are 
discussed, as well as the effects of the initial 
geometry and yarn discretization. Finally, a first 
validation of the developed approach is proposed for 
a multilayer interlock woven fabric. 
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2 Initial fabric geometry 

2.1 Idealized geometric model 

The initial fabric geometry is constructed using an 
idealized yarn description as previously proposed by 
the authors [7]. The relative arrangement of the 
yarns is deduced from the weaving pattern of the 
fabric. The topology of the fabric is conveniently 
described by a matrix coding of the warp paths. The 
yarns are approximated as solid volumes with 
constant elliptic cross-section. Their center line is 
calculated by minimizing the yarn bending energy in 
each crimp elementary interval, i.e. interval between 
two supporting yarns. An example of a resulting 
idealized geometry is depicted in Fig. 2. 

2.2 Yarn discretization 

Following the concept of “digital chain” previously 
introduced by Wang et al. [8], each yarn is 
decomposed into an assembly of macro-fibers, The 
number of macro-fibers used to represent a yarn is 
far smaller than the actual amount of real fibers 
contained in a yarn. It is assumed that each macro-
fiber represents a bundle of real fibers. Macro-fibers 
are further divided into frictionless pin-connected 
truss elements along their length (cf. Fig. 1). Only 
tensile deformation in their axial direction is 
considered, and it is assumed that no deformation 
exists in the macro-fiber transverse direction. The 
macro-fibers are initially densely packed inside the 
yarn cross-section. The truss element length L is 
chosen to be the same order than the diameter d of 
the corresponding macro-fiber.  

3 Relaxation algorithm 

To simulate the tension the yarns experience during 
the weaving process, an external force fe is imposed 
to the each truss element as: 
 

fe = −E.A.α  (1)  
 
where E is the Young modulus of the fibers, A their 
cross section area, and α is a load parameter. The 
reaction force of a truss element is simply given by: 
 

fi = E.A.
L − L0
L0

 (2)  

 
where L0 is its initial length, and L its current length. 
The applied load fe will force the macro-fibers to 
shrink and cause the yarns to straighten. The macro-
fibers will eventually enter into contact and 
rearrange themselves, modifying the initial shape of 
the yarns. The applied load is gradually relaxed as 
the truss elements are deformed, until a mechanical 
equilibrium is reached when  
 

fe∑ = fi∑  (3)  

 

3.1 Contact handling 

Contact between macro-fibers is detected using the 
NBS algorithm [18] which proved to give an optimal 
linear contact detection time. When a contact is 

 
Fig.1. Illustration of the discretization of a yarn into macro-fibers, and macro-fibers into truss elements. 
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detected, i.e. when the distance between two truss 
elements is smaller than the diameter of the 
corresponding macro-fibers, contact elements are 
introduced between the nodes of the interpenetrated 
truss elements. Contact element constitutive law has 
the form of a penalty law linking the normal reaction 
fc to the penetration depth δ 
 

fc = K(δ).δ  (4)  
 

where K(δ) is the normal stiffness of the contact 
element. K is initially set equal to p.E, where p is a 
penalty coefficient. For very small penetration 
however, the penalty coefficient is adjusted using a 
quadratic regularization law [15] in order to stabilize 
the contact algorithm and avoid spurious oscillations 
during the relaxation process. Only normal contact is 
considered, i.e. no friction is taken into account. 
Contact detection is performed at every step of the 
relaxation process. Upon separation of two 

 
Fig.2. Idealized woven fabric geometric model (top) and corresponding initial discretized model with 32 

macro-fibers per yarn (bottom) 
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contacting macro-fibers, the existing contact 
elements are removed. 

4.2 Boundary conditions 

Truss nodes of the warp (resp. weft) ends are only 
allowed to move in the yz-plane (resp. xz-plane), i.e. 
the x- and y- dimensions of the unit cell remain fixed. 
Boundary conditions could be imposed on each end 
of individual macro-fibers, or only in a weak manner 
by prescribing the displacement of the barycenter of 
the yarn ends [16]. In addition, when the fabric 
exhibit a periodic weaving pattern, periodic 
conditions could be prescribed on the x- and y-
boundaries of the unit cell.  
The preform could also be compacted is the z-
direction by the means of two rigid moving tools to 
ensure the final thickness of the relaxed fabric. 
Contact detection between the compacting plates 
and the macro-fibers is performed by checking the z-
coordinates of their corresponding truss element 
nodes. The non-penetration condition is ensured by 
imposing the same penalty law than for the contact 
between macro-fibers. 

4.3 Numerical resolution 

The mechanical equilibrium is solved iteratively 
using an in-house explicit dynamic finite element 
algorithm implemented in ANSI C. Compared to the 
original static relaxation approach [11] or the 
Durville’s method [14-16] that utilize an implicit 
static solver, using an explicit dynamic relaxation 

procedure greatly minimizes computer memory 
resource since it doesn’t require to assemble any 
stiffness matrix.  
A first-order central difference scheme is employed: 
 

fe + fi + fc( )k∑ =m.(ak −ζ.vk )

vk+12 = vk−12 + ak.Δt

uk+1 = uk + vk+12 .Δt

 (5)  

 
where m is the mass of a truss element, a, v, and u 
are respectively the acceleration, speed and position 
of the truss nodes, Δt a the pseudo time step. A 
viscous parameter ζ  is introduced to dampen the 
high frequency oscillations and to ensure a quasi-
static solution. The time step is chosen as a small 
fraction (typically < 0.05) of the critical time step 
given by the CFL condition to guarantee the 
convergence of the algorithm. 

5 Numerical analysis and verification 

5.1 Effect of the relaxation parameters 

Besides the physical properties of the fibers, i.e. 
their Young’s modulus E and their density ρ, the 
relaxation process is mainly governed by the load 
parameter α (Eq. 1) and the damping parameter ζ 
(Eq. 5). In this work, we focus on the relaxed 
geometry of the fabric, and not on quantifying the 
mechanics of the weaving process. Therfore, the 

 
Fig.3. Comparison of the final relaxed geometry for a plain weave fabric with an increasing number of 

macro-fiber per yarns, respectively 33, 86 and 157 from top to bottom. 
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load parameter α could be chosen artificially larger 
than the actual load applied to the fabric in order to 
speed-up the relaxation process. It was checked that, 
for the same targeted thickness, final geometry 

remains consistent for different values of α. The 
only difference is that a lower α value would require 
more iterations to converge. However, α should not 
be chosen too large as, when α is increased, ζ should 

 
Fig.4 X-ray CT of the woven fabric used for the validation of the relaxation procedure  

 
Fig.5 Discretized model after relaxation and compaction to a thickness of 1.5 mm. 
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be increased accordingly to ensure that the solution 
remains quasi-static. In the meantime, the time step 
should be diminished to guarantee convergence, thus 
increasing the number of iterations. In the following, 
α is typically chosen between 5 and 10, and ζ 
around 1.5, which were empirically found to be the 
optimal values for our calculations. 

5.2 Effect of the initial conditions 

The effect of the initial shape of the yarns and the  
number of macro-fibers per yarn on the relaxed 
geometry of the fabric have been studied for a plain 
weave and a multilayer twill fabric Relaxation 
results show that the number of macro-fibers used to 
discretize the yarns cross section barely affect the 
final shape of the yarn (cf. Fig. 3), as long as it is 
sufficient to describe  the topology of the yarn cross 
section. Similar results were already mentioned by 
Miao et al [11] who stated that 19 macro-fibers per 
yarns provide sufficient accuracy for 3D braided 
fabric. The same observations can be made 
concerning the effect of the initial shape of the 
yarns: the same final shape is obtained either by 
starting from a circle or an elliptic yarn cross section 
for example. However, it is advantageous to choose 
an initial cross section close to the expected final 
shape of the yarn: the number of iteration required to 
attain the requested thickness is reduce in a large 
extent.  

6 Validation 

The relaxation procedure has been applied to a real 
multilayer interlock woven. X-ray computed 
tomography (CT) data of the studied preform were 

obtained while the fabric being compacted to a 
thickness of 1.5 mm (Fig. 4). The corresponding 
initial idealized geometric model is depicted in Fig. 
2 alongside the initial discretized model. Due to the 
inherent restrictions of the idealized geometric 
approach, the initial model could not have a 
thickness inferior to 1.8 mm to avoid yarn 
interpenetration. Thus, the thickness of the idealized 
model was initially set to 2 mm. The area of the yarn 
cross section was chosen so that it corresponds to the 
final fiber volume fraction in the actual fabric.  
The modeled unit cell contains 20 warp yarns and 27 
weft yarns. Each yarn is discretized into 32 macro-
fibers, i.e. a total of 1405 macro-fibers and 
approximately 450,000 truss elements. The 
discretized model was compacted and relaxed using 
the method described in Section 3. Best result was 
found by applying first a low external load (α=1) 
without compaction for a moderate number of 
iterations (<1000). This pre-relaxation step would 
correct any initial small interpenetration which 
would have occurred during the discretization 
process. Then, a larger external load (α=7) is applied 
with compaction being active ; the rigid compacting 
plates are displaced gradually while keeping the 
external load constant. A slow compaction speed 
was chosen to keep the relaxation process quasi-
static. Once the targeted thickness was attained 
(t=1.5mm), a small number of post-relaxation steps 
was performed. The whole relaxation/compaction 
process required 150,000 iterations and a total CPU 
time of 5 hours using a 3GHz Intel Core2 Q9650 
single core.  

 
Fig.6. Discretized model before (left) and after (right) relaxation and compaction. Top view. 
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The resulting model is shown in Fig. 5. It is visually 
close to the actual fabric. There is an evident 
improvement over the idealized geometry when 
compared with the initial model shown in Fig. 2. 
The effect of the relaxation and compaction process 
is illustrated in Fig. 6. Clearly, the yarns spread as 
the fabric is compacted. After compaction, outer 
surfaces of the model don’t exhibit porosity 
anymore, which is consistent with observations on 
the real fabric. The model is also able to reproduce 
the variation of the cross section of the yarns along 
the length of the unit cell. 
A qualitative comparison of the initial and relaxed 
discretized models and the actual fabric is given in 
Fig. 7. The locations and shape of the porosity 
compare favorably with the X-ray CT data. The 
relative position of the yarns is also in good 
agreement, even if small differences could still be 
observed. Some deviations could be explained by 
the fact that the relaxation process starts from an 
idealized model which doesn’t include the geometric 
variability of the actual fabric (e.g. deviation of the 
yarn paths from the weft or warp direction, or 
misalignment of weft columns) Still, the main 
features of the fabric architecture, like crimp angles 
or contacting yarns, are well reproduced by the 
relaxed model. A first comparison between yarns 

shape and size of both the final discretized model 
and the X-ray CT data was performed by manually 
fitting ellipses to yarns cross sections on 
corresponding slices. The cross section areas 
compare favorably with a maximum relative 
difference of 1.5%. A deviation inferior to 10% was 
observed for the length of the ellipses axes. Yarns in 
the relaxed model tend to be a little larger (and 
thinner) than in the real material. These 
measurements, however,  could be influenced by the 
manual contouring process, and a more systematic 
procedure is being developed based on active 
contour models [19]. 

7 Conclusion 

We proposed a numerical procedure to generate 
realistic geometric models of woven fabrics It is 
based on the representation of yarns as bundle of 
fibers. The final model is obtained through a  
relaxation process of an initial idealized geometric 
model, and takes into account the contact interaction 
between fibers. The developed approach was applied 
to the simulation of a multilayer interlock woven 
fabric. Preliminary results demonstrate this approach 
is able to capture the main features of a real woven 
architecture with only very few numerical 
parameters. Even if some small discrepancies could 

 
Fig.7. Discretized model before (top) and after (middle) relaxation and compaction, and corresponding slice 

from the X-ray tomography of the real fabric (bottom). Side view normal to weft direction. 
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still be observed, the final relaxed model is visually 
close to the real material, and represents a major 
improvement when compared to the initial idealized 
geometric model.  
Current work focuses on validating the relaxation 
approach on various woven and braided preforms. 
More quantitative comparisons of yarns paths and 
cross section will be carried out using dedicated 
morphological analysis tools [20]. The geometric 
variability of the real material will be addressed 
through the incorporation of suitable statistical 
models. Finally, this approach would be eventually 
integrated into our virtual material modeling toolbox 
for ceramic matrix composites [17]. 
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1. Introduction 
In order to fulfill the growing demand for wind 
turbines needed  to generate electricity efficiently,
larger turbine blades have been researched earnestly
[1]. Because larger blades are likely to bend easily, 
high modulus carbon fiber, especially pitch-based
carbon fiber, seems suitable for turbine blade
material [2].
Lightning strike is a primary threat for composite
structures, such as wind turbine blades and aircraft 
structures, exposed under the sky. In order to prevent 
damage to composite structures by lightning strikes, 
various kinds of protections have been developed [3,
4]. For example, electrically conductive materials 
such as Aluminium and Copper meshes are used for 
lightning strike protection on composite aircraft 
structures [3]. In addition, several research on 
fracture behaviour caused by lightning strike on 
carbon fiber reinforced plastics (CFRP) were 
reported [5, 6]. Nevertheless, it has been difficult to 
protect composites completely from damages caused 
by lightning strikes. 
Regarding to wind turbine blades, protection systems 
such as receptors and down conductors are standard 
techniques [7]. However, these systems are also 
likely to be damaged due to lightning strikes, and
therefore, eventually do not protect the blades as

Table 1 Laminate Conditions

designed. In order to protect the blades long term, it 
would be expected that the blades themselves should 
have from damage by lightning strikes, it would be 
sufficient properties, including high electrical and 
thermal conductivity. Since pitch-based carbon fiber 
has such suitable properties [8, 9], we explored
applying pitch-based carbon fiber skin to laminates
in order to improve lightning strike resistance for 
wind turbine blades.

2. Experiment

Specimen panels were 150mm square and consisted
of common core layer with different skin layers, as 
shown in Table 1. Typically, a core layer had 5 mm 
thickness and was made of unidirectional prepreg 
with standard Poly Acrylonitrile based carbon fiber
(PAN-CF, TR 50S by Mitsubishi Rayon) and epoxy 
resins of 120oC except of specimen A, whose core 
layer was composed of unidirectional prepreg with 
PAN-CF (MR 50 by Mitsubishi Rayon) and epoxy 
resins of 180oC cure. The prepreg used as core layer 
of specimen A was laminated as 0o with the center 
layer, which had 90o direction. Skin layers had varied 
thickness and were made of +/-45o layup of 
unidirectional prepreg with different carbon fibers.
Fibers used in skin panels were PAN-CF: TR 50S

LIGHTNING STRIKE PROTECTION FOR COMPOSITE 
LAMINATES BY PITCH-BASED CARBON FIBER SKIN
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Thermal
Conductivity

Electrical
Resitivity

[mm] [W/mK] [μΩ m] [mm]
A MR 50 5.2 K13C2U 620 1 .9 +/- 45º 1.0
B TR 50S 5.0 K6371 2 140 6 .6 +/- 45º 1.0
C TR 50S 5.0 TR 5 0S 30 15.5 +/- 45º 1.0
D TR 50S 5.0 K6371 2 140 6 .6 +/- 45º 0.5
E TR 50S 5.0 TR 5 0S 30 15.5 +/- 45º 0.5
F TR 50S 5.0 K13C2U 620 1 .9 +/- 45º 0.6
G TR 50S 5.0 K1391 6 200 5 .1 +/- 45º 1.0
H TR 50S 5.0 K1391 6 200 5 .1 +/- 45º 0.5
I TR 50S 5.0 K1391 6 200 5 .1 +/- 45º 0.1
J TR 50S 5.0 K6371 2 140 6 .6 +/- 45º 0.2

Core layer Skin layer as a part

Specimen Direct ion T hicknessThicknessCarbon
fiber

Carbon
fiber

Property as fiber
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and pitch-based carbon fiber: K13C2U, K63712 and 
K13916 produced by Mitsubishi Plastics. Each skin 
panel was laminated on both sides of the core layer. 
Laminate conditions are listed in Table 1. In order to 
simulate lightning strikes, Haefely Test AG’s 
impulse current generator (ICG､ Fig. 1) was used in 
this study. The testing conditions and setups were 
referred to in prior article [4, 10] and are listed in 
Table 2. A typical tested waveform (Testing 
condition IV) is shown in Fig. 2. Pictures before and 
after a lightning strike test are seen in Fig. 3
(Specimen E, testing condition IV). To investigate 
artificial lightning struck specimens, visual 
appearances were observed. In addition, non 
destructive inspection was performed using 
ultrasonic testing. Model of the ultrasonic testing 
(UT) system was SONDA 007CX, produced by 
Quality Material Inspection, Inc. The inspection was 
conducted with 400Hz and specimens were scanned 
by 2mm*2mm pitch. Cross sectional observations 
were conducted with a microscope (produced by 
Olympus) after specimen were cut (fig. 4).

(a) Overview

(b) Discharge probe
Fig.1 Impulse current generator (ICG)

Fig. 2 Typical tested wave form, condition number IV

a)  Before a lighting strike test

b) After the test
Fig 3 Pictures of a Specimen E, test condition IV

Fig. 4 Cross sectional observations

20 μs

50 kA

Observation
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Table 2 Testing condition

3. Results and discussion

3. 1 Effects of Test conditions

In this paper, results of lightning tests on specimen 
panels that have different skin panels are reported. In 
order to clearly distinguish protective abilities of 
different kinds of them, lightning strike tests on 
specimen A were conducted under four different 
conditions as shown in Table 2. From condition I to 
condition IV, stronger lightning strikes were imposed 
on specimens. Visual appearances of tested specimen 
panels were observed and their damaged areas were 
also inspected and calculated as an area of diamond 
by multiplying damaged lengths, described as arrows 
in Fig. 5 (Specimen B, Condition III). In this figure, 
the core layer was aligned with width direction. As 
for visual appearances of tested specimens, it was 
observed that the stronger the lightning strike testing 
conditions become, the larger damaged areas became 
(Fig. 6). Fig 6b-d depicted area of tested specimen 
near the area where the lightning struck lost fiber in 
skin panels. The damaged area appeared to be along 
the direction of carbon fiber in skin panels. Since 
carbon fiber unidirectional prepreg has anisotropic 
thermal and electrical conductivity, damages 
propelled along the direction that carbon fiber was 
aligned.
For further investigation of damage, caused by 
lightning strikes, UT was applied to tested specimens 
(Fig. 7). Visual images obtained from UT were 
adjusted as the normal parts of specimens showed
gray color (though the color was green on display of 
the UT system, actually). According to attenuation of 
ultrasonic, color of obtained images turns darker 
color (though the color was red on display of the UT 
system, actually). Therefore, darker area on an image 
shows that the defaults existed in the area. In 
accordance with the strengthened testing conditions, 
UT results of specimens also showed lager damage 
area. Closer visual appearance of tested specimen A 
under condition IV and the UT result were shown in 
Fig. 8. By comparing these images in Fig. 8, area
where delaminations occurred was described as 
darker color (red color on the color display). On the 

other hand, areas where carbon fiber was lost showed 
gray color (green color on the color display) in Fig. 
8b. Since the carbon fiber lost area did not have 
delaminations, no significant attenuation of 
ultrasonic would have been observed. Applying UT 
enables to distinguish delaminations and fiber lost
clearly.
To investigate internal damage, cross sectional 
observations were conducted and damaged depth of 
each specimen was investigated (Fig. 9). While the 
specimen under condition I did not show any 
significant damage (Fig. 9a), specimens in the other 
conditions showed damages (Fig. 9b-d). Under 
condition II, III and IV, delamination was observed 
in these specimens. Particularly, in Fig. 9d, not only 
delamination, but also lost of carbon fiber in the 
center area of the specimen was appeared. Although 
skin panels were damaged in condition II, III, IV, no 
damage in core layer was observed.
Taking investigation results as shown in Fig. 6-9 into 
account, it was obvious that stronger lighting test 
conditions caused severe damages such as lager 
damaged area and deeper damaged thickness in 
specimens. On the contrary, both positive and 
negative charging voltage did not show characteristic 
damage behavior. Hence, in the test, polarity of 
charging voltage does not seem to have significant 
effects on damage of specimens caused by lightning 
strike.

Fig. 5 Typical Damaged length and area

(polarity) [kV] [kA] T 1 [μs] T2 [μs] [C] [kJ/ohm]
I -22 (negative) 39 to 41 9 to 10 26 0.8 26 to 29
II +45 (positive) 83 to 85 9 to 10 26 1.6 117 to 124

III -65 (negative) 121 to 124 9 to 10 26 2.3 253 to 262
IV +82 (positive) 151 to 157 9 to 10 26 3.0 396 to 422

Specific energyElectric current waveform
wave peak/wave tail

ICG
charging voltage peak cu rrent Electrical charge
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a)  Condition I b) Condition II

c)  Condition III d) Condition IV
Fig. 6 Visual appearances of tested specimen A

a) Condition I b) Condition II

c) Condition III d) Condition IV
Fig. 7 UT of tested specimen A

a) Visual appearance b) Result of UT
Fig. 8 Overview and UT of specimen A, condition IV

a) Condition I b) Condition II

c) Condition III d) Condition IV
Fig. 9 Internal damage of testes Specimen A

3-2. Effects of carbon fiber used in skin panels

In this report, specimens that had skin panels made 
of different kinds of carbon fiber were exposed to 
lightning tests. In order to compare the effects of 
these carbon fibers to lightning strikes, specimen B 
(K63712, 1mm thickness skin panel) and specimen C 
(TR 50S, 1mm thickness skin panel) in Table 1 were 
also tested under condition I to IV in Table 2. Visual 
appearances and UT results of tested specimens were 
shown in Fig. 10 (specimen B) and Fig. 11
(specimen C).  Regardless of kinds of skin panels, 
the stronger testing conditions were, the larger and 
deeper damage in specimens were observed. 
However, by comparing at the same test condition, 
specimen C showed larger damaged area. In addition, 
cross sectional observation was also seen in Fig. 12 
(specimen B) and Fig. 13 (specimen C). Although 
these specimens did not show any damage in the core 
layers, larger delaminations were observed in 
specimen C (Fig. 13). 
Previously, relationships between peak current, 
electrical charge of tested lightning strikes and 
damage behavior of tested specimens were reported
[4]. These relationships were also investigated in this 
paper. The relationship between peak current of 
lighting strike and damaged depth was shown in Fig. 
14 and the relationship between electrical charge and 
damaged area was depicted in Fig. 15. While no 
significant numeric difference was observed in Fig.
14 among specimen A, B and C, damaged area was 
different among these specimens in Fig. 15. Since 
tested specimen A, B and C did not show breakage in 
the core layers, no significant difference should be 
observed. However, as shown in visual appearance 
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observations and UT results (Fig. 6, 7, 10 and 11), 
damaged area was numerically different among 
specimen A, B and C. Specimen C has the steepest 
inclination; by contrast, specimen A does the most 
gradual in Fig. 15. Since skin panel of specimen A 
was made of K13C2U and the fiber has lower 
electrical resistivity (Table 1), current from lightning 
strike could flow faster in specimen A than in 
specimen C. In addition to the electrical property, 
K13C2U also has higher thermal conductivity than 
TR 50S. Because of the property, heat in specimens 
caused by electrical resistance would disperse faster 
in specimen A than specimen C. Therefore, smaller 
damage area was shown on specimen A. Specimen B 
showed the middle damaged area between specimen 
A and C, and it may attribute to electrical resistivity 
and thermal conductivity of K63712, which are 
between K13C2U and TR 50S. From these 
observation results of tested specimens, a skin panel 
equipped with carbon fiber which has lower 
electrical resistivity and higher thermal conductivity 
would perform better in regards to damage caused by 
lightning strikes.

a) Condition I

b) Condition II

c) Condition III

d) Condition IV
Fig. 10 Overview and UT result of specimen B

a) Condition I

b) Condition II

c) Condition III
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d) Condition IV
Fig 11 Overview and UT result of specimen C

a) Condition I b) Condition II

c) Condition III d) Condition IV
Fig. 12 Cross sectional observation of specimen B

a) Condition I b) Condition II

c) Condition III d) Condition IV
Fig. 13 Cross sectional observation of specimen C

Fig. 14 Relationship between peak current and damaged 
thickness of specimens with 1mm thickness skin panels

Fig. 15 Relationship between Electrical charge and 
damaged area of specimens with 1mm thickness skin 
panels

3-3. Effects of thickness of skin panels

Effects of thickness of skin panels were also 
investigated. Under the four testing conditions as 
shown in Table 2, specimen D and E, both of them 
had 0.5 mm thickness skin panels, were exposed to 
lightning tests. Visual appearance, UT and cross 
sectional observations were conducted and these 
results under condition IV were shown in Fig. 16 
(specimen D) and Fig. 17 (specimen E). Under the 
stronger test condition IV, specimen D and E showed 
matrix cracks in their core layers. Relationship 
between peak current and damaged thickness of 
tested specimens was described in Fig. 18 and 
relationship between electrical charge and damaged 
area was seen in Fig. 19. Since matrix of core layers 
of specimen D under condition IV and specimen E 
under condition III and IV were observed, deeper 
damaged thickness was shown in Fig. 18. While 
specimen D (K63712, 0.5 mm thickness skin panel) 
and specimen B (K63712, 0.5 mm thickness skin 
panel) showed no significant different damage area 
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caused by lightning strikes, specimen E (TR 50S, 
0.5mm thickness skin panel) had larger damaged 
area than specimen C (TR 50S, 1mm thickness skin 
panel) did. Specimens equipped with thinner skin 
panels showed deeper and larger damage than those 
equipped with thicker skin panels. Particularly, in 
terms of damaged thickness, specimens under 
condition IV indicated the clear difference between 
0.5 mm thickness skin panels (Fig. 18) and 1 mm 
thickness ones (Fig. 14). 

a) Overview b) UT

c) Cross sectional observation
Fig. 16 Observation of specimen D under condition IV

a) Overview b) UT

c) Cross sectional observation
Fig. 17 Observation of specimen E under condition IV

Fig. 18 Relationship between peak current and damaged 
thickness of specimens with 0.5 mm thickness skin panels

Fig. 19 Relationship between peak current and damaged 
thickness of specimens with 0.5 mm thickness skin panels

For further investigation of effects of thickness of 
skin panels, lightning strike tests under condition IV 
was conducted with specimen F (K13C2U skin panel, 
0.6 mm thickness), G, H, I (K13916 skin panel, 1, 
0.5, 0.1 mm thickness), and J (K63712 skin panel, 
0.2 mm thickness). These tested specimens were 
inspected with visual appearance observation, UT 
and cross sectional observation and these results are 
shown in Fig. 20 - 24. Although tested specimen F 
had larger area of delamination than that of specimen 
A (K13C2U skin panel, 1 mm thickness, Fig. 6 and 
7), the core layer was intact (Fig. 20c). By comparing 
tested specimen G, H, and I, damaged area enlarged 
and thickness deepened in accordance with decrease 
in skin panel’s thickness (Fig. 21, 22 and 23). Tested 
specimen J showed larger delamination area and 
deeper matrix cracks in the core layer than specimen 
B (K63712, 1 mm thickness skin panel, Fig. 10d and 
13d) and D (K63712, 0.5 mm thickness skin panel, 
Fig. 16). From these observation results of tested 
specimens, thicker skin panels have better ability to 
protect the core layers from damage caused by 
lightning strikes.
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a) Overview b) UT

c) Cross sectional observation
Fig. 20 Observation of specimen F (K13C2U, 0.6mm 
thickness skin), condition IV

a) Overview b) UT

c) Cross sectional observation
Fig. 21 Observation of specimen G (K13916, 1mm 
thickness skin), condition IV

a) Overview b) UT

c) Cross sectional observation
Fig. 22 Observation of specimen H (K13916, 0.5mm 
thickness skin), condition IV

a) Overview b) UT

c) Cross sectional observation
Fig. 23 Observation of specimen I (K13916, 0.1mm 
thickness skin), condition IV

a) Overview b) UT

c) Cross sectional observation
Fig. 24 Observation of specimen J (K63712, 0.2mm 
thickness skin), condition IV

Relationship between skin panel thickness and 
damaged thickness of specimens under test condition 
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IV is shown in Fig. 25. Items are assorted by kind of 
carbon fiber that is used in a skin panel of a tested 
specimen. At 1 mm of skin panel thickness in the 
graph, all tested specimens did not show matrix 
cracks in the core layers. Around 0.5 mm thickness, 
while no thicker damage in specimens that used 
K13C2U and K13916 as skin panels was observed, 
matrix cracks were observed in specimens that used 
TR 50S and K63712 as skin panels. The 
phenomenon would be related to electrical resistivity 
of carbon fiber that is used in a skin panel. Because 
of lower electrical conductivity of K13C2U (Table 1),
lightning current would flow fast in-plane direction 
enough to avoid propel to depth direction, and as a 
result, K13C2U showed thicker damage than the 
other specimens. Skin panels that have 0.1 to 0.2 mm 
thickness would not have sufficient ability to protect 
the core layers from lightning strikes because both 
K13916 (specimen I) and K63712(specimen J) 
showed damaged core layers. 
Relationship between skin panel thickness and 
damaged area is also depicted in Fig. 26. Items are 
assorted by kind of carbon fiber that is used in a skin 
panel of a tested specimen. At 1.0 mm thickness of 
skin panels, generally smaller damaged area is 
observed than that of specimens that have thinner 
skin panels. Data in the graph is scattered in Fig. 26 
and this phenomenon would be due to delamination 
caused by rapid expansion of volume of vaporized
resin, which is caused by resistive heat produced by 
flowing lightning current. Rapid expansion would 
occur randomly; thus, different damaged area was 
observed on specimens. 

Fig. 25 Relationship between skin panel thickness and 
damaged thickness, test condition IV

Fig. 26 Relationship between skin panel thickness and 
damaged area, test condition IV

4. Conclusion

Lightning strike tests on specimens that have 
different kinds of skin panels were conducted with 
different testing conditions and tested specimens 
were exposed to observation including overview, UT 
and cross sectional views. 
Four different lighting strike test conditions were 
applied to specimens A (K13C2U, 1 mm thickness 
skin panel). From observation of tested specimens, 
larger damaged area caused by lightning strikes was 
observed in accordance with stronger testing 
conditions.
In order to compare effects of kind of carbon fiber 
used in a skin panel, specimen A, B (K63712, 1mm 
thickness skin panel) and C (TR 50S, 1mm thickness 
skin panel) were exposed to lightning strike tests. 
Among these specimens, specimen A showed the 
thinnest damaged thickness and smallest damaged 
area. Since K13C2U has lower electrical resistivity 
and than the others, lighting current would flow fast 
in the specimen enough to avoid causing damage in 
the specimen. In addition, higher thermal 
conductivity of K13C2U would also prevent 
enlarging delamination area caused by resistive heat 
produced by lightning current. Since heat would 
disperse faster due to the higher thermal conductivity, 
specimen A could avoid severe damage. 
Observation of tested specimens that had thinner skin 
panels was also conducted. Specimens that have 
thicker skin panels show smaller damaged area than 
that of specimens which have thinner skin panels. In 
order to equip sufficient lighting strike protection, 
thicker skin panels are preferable.
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 1 Introduction 

The storage and release of energy has long been 

a challenge. Batteries can store large quantities 

of energy in a small volume, but their energy 

release rate is slow, which leads to a low power 

density and finite lifetime [1,2]. Dielectric 

capacitors, on the other hand, have high power 

density (i.e. can be charged and discharged at 

high rates), but their ability to store energy is 

limited, and so their energy density is low [3,4]. 

Supercapacitors have the potential to bridge the 

gap between these technologies, providing both 

high power, and mid-high energy, with 

relatively long lifetime [3,5-8]. Such a 

capability would make these new-generation 

devices very attractive for advanced 

applications such as renewable energy storage 

and hybrid electric vehicles, which in turn 

demonstrate the need to achieve even higher 

energy and power density [9-12]. 

Aligned carbon nanotubes (A-CNT) have 

promising features as nanoporous electrodes for 

supercapacitors; very high surface area, superior 

electrical conductivity pathways, and parallel 

ion-pathways which could improve the ion 

transport via accessible and non-tortuous 

pathways. Indeed, morphology-controlled A-

CNT based supercapacitor electrodes exhibit the 

potential for much higher power and energy 

density than those based on activated carbon or 

randomly packed CNTs [13,14]. 

Nevertheless, as-synthesized A-CNT forests are 

far from being ideal supercapacitor electrodes – 

the low nanotube volume fraction (~1%) will 

result in low volumetric electrochemical 

performance due to relatively low surface area, 

and the relatively inert chemical nature of CNT 

(much like that of graphite) will eliminate the 

possibility of chemically-enhanced pseudo-

capacitance, thus reducing the potential for 

higher energy storage. It is therefore clear that 

much more research is needed to allow 

supercapacitors to utilize such materials to 

achieve the desired improvements in 

gravimetric and volumetric power and energy 

densities. 

For example, if the A-CNT could be grown, or 

packed, into higher volume fraction, than the 

per-volume performance would increase 

significantly, just by providing higher surface 

area for the same volume. Indeed, several 

groups have tried in the past decades to find 
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Y. Zhou1, M. Ghaffari1, N. Lachman2,*, D. Bhattacharyya3, K. K. Gleason3,  

B. L.Wardle2 and Q. M. Zhang1 
1Department of Electrical Engineering, Department of Materials Science and Engineering, The 

Pennsylvania State University, University Park, PA 16802 (USA) 
2Department of Aeronautics and Astronautics, Massachusetts Institute of Technology, 77 

Massachusetts Avenue, Cambridge, MA02139 (USA) 
3Department of Chemical Engineering, Massachusetts Institute of Technology, 77 Massachusetts 

Avenue, Cambridge, MA 02139 (USA) 

* Corresponding author (noal@mit.edu) 

 

Keywords: carbon-nanotubes, super capacitors, energy storage, chemical vapor deposition 

(CVD) (deposition), nano stucture 

ICCM19 5066

mailto:blw@mit.edu


ways densify the as-grown A-CNTs to high 

CNT density in order to achieve high volumetric 

capacitance, energy density, and power density. 

Futaba et al., to name one attempt, introduced a 

liquid collapsing method to densify A-CNTs in 

which the surface tension of liquid forces the A-

CNTs to collapse to a high density [18].  

Beyond high packing of the A-CNTs, the 

addition of conducting polymers (CP) to the 

supercapacitor electrodes will contribute to 

improved energy storage capability due to the 

redox process occurring throughout the whole 

volume of the CP material, in sharp contrast to 

the stored charges on the CNT electrode surface 

only [15], thus enhancing the effective surface 

area of the electrode [16]. A conformal coating 

of conducting polymer on the A-CNTs will 

therefore provide pseudo-capacitive electrodes 

with large energy power densities, but the right 

method needs to be found in order to enable this 

highly important conformal coating; up to now, 

the electrochemical methods used for deposition 

of conducting polymers on CNTs result in non-

uniform CP layers on the CNTs and are 

incompatible with the A-CNTs (or generally 

nanowires) considered here [16]. 

In this work, we present two complementary 

approaches to increase the specific capacitance 

of A-CNT based supercapacitors. Using a 

unique mechanical densification method, we 

show that increased volume fraction improves 

the electrochemical performance, especially for 

the volumetric metrics. Moreover, for a given 

volume content of A-CNTs, we show that 

coating conducting polymer (CP) increases 

specific capacitance of the cell over a range of 

discharge current densities. 

It should be pointed out that the volumetric 

energy density and power density are critical 

parameters to characterize practical capacitive 

performance of supercapacitor cells, and so this 

paper focuses mainly on volumetric properties. 

 

2 Experimental 

This section provides technical details on the 

materials and methods used in the current study.    

In this study, A-CNTs were grown via a 

procedure used in previous work [17]. Briefly, 

small-diameter multiwalled CNT arrays 

(“forests”) were grown by thermal catalytic 

chemical vapor deposition (CVD) on silicon 

wafers using a thin catalyst layer of Fe/Al2O3 

deposited by electron beam evaporation. The 

CNT growth was performed in a quartz tube 

furnace at 750 °C using ethylene as the carbon 

source. Typically, CNT arrays are grown on 1 

cm2 silicon dies, resulting in a 1% volume 

fraction (Vf) of CNTs having an average 

diameter of 8 nm in a CNT-forest (99% air). For 

the higher volume fraction A-CNT fabrication, a 

mechanical biaxial densification process was 

used [14], and different volume-fractions were 

attained by varying the inter-CNT distance in 

the densification process. The difference 

between as-grown and densified A-CNTs can be 

seen in Fig. 1. 

Alternatively, the above as-grown A-CNT 

forests were used to fabricate 

poly(ethylenedioxythiophene) (PEDOT) /A-

CNT composites using a modified chemical 

vapor deposition method (oCVD) previously 

published [14], which can produce conformal 

nanometer-thick coatings of CP into the high 
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aspect ration A-CNT arrays. Briefly, EDOT was 

polymerized using iron chloride as the oxidant, 

which was then reacted with the EDOT 

monomer (supplied through the vapor phase) 

that resulted in the formation of a PEDOT film 

on the CNT array substrates. Different coating 

times than described previously [14] were used, 

in order to allow different coating thicknesses, 

up to ~4nm. Cross-sectional SEM images of a 

CNT array after coating with PEDOT are 

presented in Fig. 2. As observed in Fig. 2 the 

orientation and shape of the CNT bundles in the 

array are not disturbed by oCVD of the PEDOT 

coating process. 

A-CNT composite supercapacitors were then 

assembled and a porous paper with 40 um 

thickness was used as separator, immersed in an 

ionic liquid/molecular liquid mixture (IL/ML) 

used as the electrolyte (see Fig 3 for 

illustration). Supercapacitor electrodes of 

activated carbon powders (Sigma-Aldrich) were 

also fabricated using the standard method 

reported in the literature and characterized [18] 

as a comparative baseline. 

The electrochemical performance of the 

capacitive electrodes were evaluated by the 

cyclic voltammetry (CV) and galvanostatic 

charge-discharge tests using a screen-printed 

electrode system (Dropsens) where the A-CNT 

based electrode with a platinum current 

collector was the working electrode, while silver 

and platinum were used as the reference and 

counter electrodes, respectively. An example of 

the electrochemical performance of 

supercapacitors with A-CNT electrodes 

(different Vf percentage, no CP coating) can be 

seen in Fig. 5. 

3 Results and Discussion 

The results of the electrochemical performance 

measurements for the various morphologies of 

A-CNT based electrodes, as well as discussing 

their meaning and further implications, are 

presented in the following sections.   

3.1 Effect of volume fraction 

The effect of the CNT volume fraction on the 

electrochemical performance of A-CNT based 

devices is discussed in this section. Fig. 4 

presents the volumetric CV curves at 100 mV/s 

scan rate of supercapacitors with different A-

CNT volume fractions and with EMI-BF4 as the 

electrolyte. The capacitance of the A-CNT 

based devices can be deducted by integrating 

the half CV curve and is also specifically 

presented in Fig. 5. A marked increase in the 

volumetric capacitance is exhibited when 

increasing the A-CNT volume fractions from 1% 

to 20%. It is thus clear that densification will 

indeed significantly increases the volumetric 

specific capacitance. 

 Fig. 5 shows the specific capacitance (a) and 

Ragone plots (b) for the A-CNT based 

supercapacitor cells under 3 V. As shown in Fig. 

4 (a), the electrodes with 1% Vf of A-CNTs 

show a low volumetric capacitance, (~ 1 F/cm3). 

The mechanical densification method developed 

here preserve the nanomorphlogy of the ion 

channels so that the volumetric capacitance of 

20% Vf A-CNT electrode is up to 13 F cm-3. The 

energy of the cell in each discharging cycle, E, 

is determined by integrating the discharge 

curves. 

    (1) 
( )E IV t dt 
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The power density can be deduced from, 

                            (2).                  

where V represents the operation voltage, while 

ESR can be deducted from the voltage drop as 

the current is switched from a positive value to a 

negative value, divided by the change in the 

current. The specific volumetric power density 

can then be obtained by normalizing to the cell 

volume. 

As shown in Fig. 5 (b) the supercapacitor cell 

with 20% Vf A-CNTs electrodes exhibit a higher 

volumetric energy density (5 Wh/L) and power 

density (> 5 kW/L) than at 1% Vf. The 

electrochemical performance of the ultra-high 

density A-CNTs electrodes fabricated from the 

mechanical densification method demonstrate 

the preservation of the nanomorphology that 

allows aligned ion pathways. Therefore, the 

denser packing of CNTs maintains the ability to 

achieve fast charge/discharge rates along with 

high power and energy densities.  

The 20% Vf A-CNT supercapacitors also exhibit 

an excellent cycling life as shown in Figure 6. 

The data was acquired over 5000 cycles by 

repeating the galvanostatic charge/discharge 

process between 0 and 3 V at a current density 

of 5 A g-1. As clearly seen, the supercapacitors 

with the ultra-high density A-CNTs show an 

excellent electrochemical stability with 

retention of 98% after 5000 cycles, thereby 

demonstrating the high mechanical integrity of 

the CNT-based electrodes, establishing 

relatively long operating times with little 

hysteresis for such supercapacitor architectures. 

3.2 Effect of conducting polymer coating 

This section investigates the effect of different 

thicknesses of conducting polymer coating on 

the electrochemical performance of A-CNT 

composite based devices. Fig. 7 presents the 

specific capacitance at different discharge 

current densities, from 0.5 A g-1 to 10 A g-1. 

High capacitance retention of 50% and more 

was obtained at 10 A g-1 (from 195 F g-1 at 0.2 

A g-1 to 107 F g-1 at 10 A g-1 for the X4 coated 

A-CNT electrode), indicating that the A-

PEDOT/CNTs electrode provides reliable 

capacitive performance for high power 

applications. Since large energy density at high 

charge/discharge current is required for high 

performance energy storage devices [19], the 

high retention rate of the composite electrode is 

extremely promising for applications. 

Moreover, since the electric conduction path of 

the continuous aligned CNTs is unaffected by 

mechanical failure of the CP coating layers due 

to high currents, PEDOT/A-CNT electrodes 

should exhibit a robust mechanical stability that 

contributes further to the high retention of the 

capacitance not only at high current density, but 

also over a longer lifetime, than purely CP-

based electrodes.  

It should also be noted that increasing the CP 

coating thickness also increases the specific 

capacitance at any current density, but 

somewhat reduces the relative retention rate. 

The increased capacitance is likely attributed to 

both the increased effective surface area created 

by the thicker CP layer and the 

pseudocapacitance created by the chemical 

interactions within the polymer, and enhanced 

due to the larger availability of reactants. 

However, the polymer is likely to be current-

2
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sensitive, and so will most likely fail to response 

under high current rates, reducing the available 

reactive layer into similar to that of the uncoated 

A-CNT forest and limiting the retention. Further 

research needs to be done in order to explore the 

mechanism behind this behavior.    

 

4. Conclusions and Recommendations 

This paper demonstrates the possibilities lying 

in the densification of A-CNT forests to extra 

high volume fraction, or coating them with CP, 

in the fabrication of highly efficient 

supercapacitors. Maintaining the 

nanomorphology of the aligned ion pathways, 

which enables high ion mobility in the 

electrodes, is the main advantage of the A-CNT 

morphology, but higher CNT volume fraction, 

as well as the addition of a pseudocapacitance 

mechanism via CP-coating, enables even higher 

performance.  

Indeed, supercapacitor cells with 20% Vf A-

CNTs of 0.8 mm electrode thickness exhibits 

excellent electrochemical performance, 

including a volumetric power density and 

energy density of 5 kW L-1 (23 kW kg-1) and 5 

Wh L-1 (22 Wh kg-1), respectively, which are 

much higher than that of supercapacitors with 

activated carbon electrodes [18]. Also, high CP 

coating thickness (up to 4 nm thickness coating) 

also improves significantly the electrochemical 

performance, showing high specific capacitance 

with 195 F g-1 as well as high retention over 

large range of currents and cycles. Future work 

will be to combine these nanomorphological 

features in combination to further tailor 

electrochemical performance of supercapacitors. 

 

5. Figures 

 

 
 

Fig. 1a: A-CNT forest, as-grown (1% Vf) [20]. 

 
 

Fig. 1b: A-CNT forest, densified (20% Vf) [20]. 

The spacing between CNT is significantly 

smaller, suggesting higher surface area per-

volume. 
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Fig. 2a: PEDOT coated A-CNT. The coating 

time was twice that detailed in previous work 

[14]. 

 

 

Fig. 2b: PEDOT coated A-CNT. The coating 

time was four times the process detailed in 

previous work [14]. 

 

Fig. 3: A schematic of the A-CNT based 

supercapacitor illustrating the collimated and 

continuous ion paths between the A-CNTs in 

the electrodes. 
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Fig. 4: Volumetric cyclic voltammograms of A-

CNT electrodes with 1% and 20% Vf at 100 

mV/s. 

 

 

 

Fig. 5a: Volumetric specific capacitance for the 

supercapacitors with 1% and 20% Vf A-CNTs at 

different discharge rates. 

 

 

Fig. 5b: Ragone plot (volumetric) of 

supercapacitors with 1% and 20% Vf A-CNTs at 

3 V in volumetric power and energy density. 

 

 

Fig. 6 Cycle performance of 20% Vf A-CNTs 

supercapacitor with a voltage of 3 V at charge 

and discharge current density of 5 A g-1. 
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Fig. 7 Gravimetric specific capacitances for the 

supercapacitors based on 5% Vf pure A-CNTs 

and different coating thickness of PEDOT/A-

CNTs electrodes at different discharge rates. 
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1 Introduction
ABB provides slot liner strips for insulating and
stabilizing copper coils in the rotors of turbo and
hydro generators. These slot liners are manufactured
in  L-  or  U-shaped  sections  with  a  wall  thickness  of
0.5 to 2.5 mm and a part length of up to 10 meters
(Fig. 1). In addition to glass fiber and heat-resistant
epoxy resin, thin layers of Nomex® or PTFE can be
laminated onto the slot liner to increase the electrical
performance. The main requirements of a slot liner
are mechanical strength, resistance to heat, and low
dielectric losses [1].

Fig. 1. a) Vetresit and b) Vetrelam slot liner
insulation

Generator insulation are continuously in operation at
high temperatures up to approx. 130 °C. Thermal
ageing and thermal cycling determine the material
performance over the estimated life-time.
This contribution discusses the determination of the
glass transition temperature (Tg) by various thermal
and dynamical mechanical methods by using the
material Vetresit 17 as an example. Additionally,
dielectric spectroscopy and results from thermal
ageing on slot insulation materials will be presented.

2 Influence of Temperature on Phase Transitions
With increasing temperature the mobility of
polymeric segments or groups is increasing as well.
At a certain temperature, a transition from the rigid
glassy state to a more flexible rubbery state takes

place. By this transition the volume of the material is
increasing, thereby generating more free volume for
the polymer to move. This glass transition
temperature for thermoset materials should be
merely regarded as a process and not just as a single
point, like it is represented by the Tg-value. The
increased mobility of the polymeric segments can be
also followed by studying its dielectric response.

The determination of the glass transition temperature
is performed by applicable standards [2, 3, 4].
Although all methods determine the glass transition
temperature, the physical background of the
determined transitions are different and so the values
are not directly comparable.

The IEC 61006 (eq. to DIN EN 61006) determines
the glass transition temperature by three different
methods:

· Differential Scanning Calorimetry (DSC)
is based on a technique in which the
difference in heat flow energy inputs into a
tested material and a reference material is
measured as a function of temperature while
the tested material and the reference material
are subjected to a controlled temperature
program (Fig. 2).

Fig. 2: Typical DSC curve
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· Thermal mechanical analysis (TMA)
which is a technique based the deformation
of a test specimen under non-oscillatory
load  and  is  measured  as  a  function  of
temperature whilst the test specimen is
subjected to a controlled temperature
program (Fig. 3).

Fig. 3: Typical TMA graph

· Dynamical mechanical analysis (DMA)
technique in which either the storage elastic
or loss modulus, or both, of a substance
under oscillatory load or deformation is
measured as a function of temperature,
frequency or time, or combination thereof
(Fig.  4).  The  tan  delta  or  loss  factor  is
defined the ratio of loss to elasticity or in
other words, the ratio of energy dissipated to
energy stored per cycle of deformation.

Fig. 4: Typical DMA graph

The ASTM E 1640 applies the DMA-method for the
determination of the glass transition temperature. In
contrast to the IEC 61006, it is proposed to use the
onset of the storage modulus, but the peak of loss
modulus or the peak of the loss factor may be taken
as well.

The glass transition temperature can be determined
readily only by observing the temperature range in
which a significant change takes place in some
specific electrical, mechanical, thermal, or other
physical property. Moreover, the observed
temperature can vary significantly depending on the
property chosen for observation and on details of the
experimental technique (e.g. heating rate, frequency
of testing or sample dimensions).

Phase transition of polymer can also be observed by
following the consequent changes in the dielectric
properties of the material. Particularly, polar group
tend to orientate themselves to the applied
alternating electric field. The complex dielectric
properties, the loss factor (tan delta or dielectric
losses) and the relative permittivity (dielectric
constant), are determined by dielectric spectroscopy.
These are isothermal capacitance scans as a function
of frequency in accordance with IEC 60250. Fig. 5
shows schematically the set-up.

Fig. 5: Schematically set-up for dielectric
spectroscopy

A low alternating current voltage (V) is applied and
the resulting current is recorded. It is regarded that
the current is build up out of a capacitive portion (IC)
and a resistive portion (IR) (Fig. 6).

Fig. 6: Schematically drawing of the current (I) for
dielectric spectroscopy
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With changes in the temperature and frequency, the
ratio of the resistive portion to the capacitive portion
is changing as well. This is represented in Fig. 6 by
the angle (d) between both portions.

The dielectric spectroscopy therefore provides
information about the dielectric losses (ε’’) when an
alternating current is applied. Additionally, the
relative permittivity (ε’ or er) is determined. This
value provides information about the extent to which
the sample concentrates electrostatic lines of flux
(relative to the permittivity of a vacuum). The ratio
ε’’/ε’  is  called  loss  factor d, usually represented by
tan d [5].

2.1 Comparison between TMA and DMA for
GF/epoxies
A comparison between TMA and DMA Tg-
determination is presented in [4]. It is shown that the
glass transition of a certain epoxy is determined by
TMA is 121.2 ± 0.4 °C and the onset of the storage
modulus from the DMA (linear calculation) is 120.8
± 4.2 °C. The onset of the storage modulus by
logarithmic representation is of 118.6 ± 2.6 °C. Here
already a few degree difference are determined
although the material properties are not changed.

2.2 Calibration method for DMA

In [6] it is stated that the glass transition
temperatures measured by the DMA methods can
vary  as  high  as  40  °C.  Several  suggestions  to
improve the proposed calibration method for DMA
measurements are presented. The difference in
heating ramp leads to a large difference in the
determined glass transition temperature for the
epoxy.  In  the  case  of  a  heating  rates  of  1  and
3 °C/min., the differences between the DSC
composite and DMA composite were 6 °C, and
12 °C respectively. These values are a few degree
higher than for the neat resin. At a heating rate of
3 °C/min. the sample temperature was 6 °C lower
than the instrument readout. A low heating rate
could not prevent this difference, so it has been
concluded that there is a significant effect of thermal
lag between read out temperature and sample
temperature on the Tg measured by DMA.

In the IEC 61006 the 2-point temperature calibration
should be performed by determination of the onset
temperature  of  ice  (0  °C)  and  indium (156.6  °C)  in

the penetration method. However, it is not given
how the method should be applied and is referred to
the manual of the equipment manufacturer. In case
of  the  DMA 7e  from Perkin  Elmer,  it  is  stated  that
an aluminum pan with indium should be positioned
on the flat bottom of the sample holder, followed by
a thermal program to determine the onset of
penetration. This method unfortunately does not take
the sample (e.g. thermal conductivity and
dimensions) for the 3-point bending into account.
Moreover, the thermal wire that determines the
sample temperature is not calibrated for the to be
analyzed sample and sample position. In the
experimental set-up section an improved method
used for the calibration is presented.

2.3 Influence of the sample aspect ratio
In  [7]  a  study  on  the  influencing  factors  for  DMA
testing of fiber reinforced composites was performed.
This study found out that the glass transition
temperature is independent of the specimen aspect
ratio. The aspect ratio is the ratio of the support span
width divided by the sample thickness. In case of the
glass/epoxy reference an aspect ratio of 27 fitted the
results from flexural modulus testing of the DMA
and ASTM D790 very well. For high-modulus
(carbon/epoxy) a higher aspect ratio is
recommended. The thickness of the samples were
reduced by polishing in order to change the aspect
ratio. The ASTM uses the tangent method for the
flexural modulus, so a tangent between 0.05 % and
0.25 % displacement of the load-displacement
diagram. However, the DMA uses the secant method
and includes also the values below 0.05 % and may
include initial machine adjustment errors as well.
Therefore, it was recommended for glass fiber
composites to use a load for the testing that results in
a displacement of at least 0.04 %.

2.4 Thermal Ageing

Odegard [8] describes two changes in the molecular
structure of an epoxy during thermal ageing. The
first change is the reduction of free volume due the
locked-in molecular structure. This is a result from
the start of cross-linking in the liquid state (not
crystalline state), so the amorphous structure is
permanently secured by the presence of newly
formed rigid crosslinks. The second change is the
volume-independent configuration changes in the
molecular network. With increasing ageing levels
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more energy is required to initiate rubbery phase
molecular motions. Experiments show that for
ageing below Tg the coefficient of thermal expansion
reduces with increasing ageing time.

In [9] the thermal degradation of filled epoxy
systems by means of DMA-measurements on
samples aged at 160 °C was investigated. It was
shown that thermal ageing (up to approx. 2000 h)
above glass transition temperature leads to an
increase of the storage modulus which results in a
decrease in the tan delta values. The glass transition
temperature determined from the tan delta values are
increased with increasing ageing time with more
than 20 °C to approx. 160 °C. This means that the
dynamic damping performance is reduced.

In [10] DMA measurements were performed on
thermal aged composite materials used for rotating
machines.  However,  here  it  is  shown  that  with
increasing ageing time (from 284 to 1202 hours) the
storage modulus decreases. Furthermore, the glass
transition temperatures from the loss modulus and
tan delta are shifted toward higher values with
increasing ageing time. The height of the tan delta
peak is reduced from 0.2 to 0.15. In contrast to other
publications or standards a frequency of 2 Hz was
applied.

The described methods can be used for quality
control directly after manufacturing, but also provide
valuable information about the material quality
during operation (e.g. influence of thermal ageing or
dynamic loading).

3 Experimental Part
For the experiments in this contribution, Vetresit 17
material was supplied by ABB Micafil Laminate
Technologies (Klingnau, Switzerland). The glass
fiber reinforced heat resistant epoxy samples have an
overall thickness of 1.11 – 1.14 mm. Samples in
various dimensions were cut out of the large plate in
the manufacturing direction.

For the thermal analyses by means of the DSC,
samples with a weight of 64 to 73 mg were placed in
a DSC 7 from Perkin Elmer to determine the heat
flow as function of the temperature. The
measurements were performed under nitrogen with a
heating rate of 25 K/min.

The TMA-measurements were performed by a TMA
402 F1 supplied by Netzsch under a helium flow of
20 ml/min with a heating rate of 3 K/min. The
sample size was approx. 4.0 x 4.0 mm. This
equipment can perform modulated force
thermomechanometry as well.

For the DMA-measurements the sample length was
23 mm and the width 4.0 mm. Various support width
having a lengths of 10, 15, or 20 mm were used. The
static and dynamic forces were also varied for the
measurements between 200 and 2880 mN in the 3-
point bending mode. The frequency for the
measurements was set to 1 Hz; only a few
measurements were performed at a frequency of 0.2
and 5 Hz. The measurements were again performed
under a helium flow of 20 ml/min with mainly a
heating rate of 3 K/min.

In order to determine a temperature difference over
the sample length indium was placed at two different
locations in the measuring cell or furnace. Position
#1 is at the tip of the support and the position #2 is
located underneath of the probe (Fig. 7).

Fig. 7: Set-up to determine the temperature
distribution

During heating indium will soften, the probe
penetrates the material and indicates that the
temperature of 156.6 °C has been reached. In case of
a thermal difference two penetration onset
temperatures will be recorded. The thermal wire is
located on the same height at the sample.

Dielectric spectroscopy measurements were
performed isothermally in the frequency range 10-2 –
106 Hz at various temperatures from 40°C to 200°C
using a Novocontrol Alpha analyzer. Temperature
control was achieved by a Novocontrol Quatro
cryosystem (temperature stability better than 0.1°C).
Round electrodes (Au over Cr), 30 mm in diameter,
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were deposited on both sides of 38 x 38 mm2

samples to ensure good electrical contacts (Fig. 8).

Fig. 8: Sample used for the dielectric spectroscopy

The frequency of the dielectric spectroscopy is
varied  between  0.01  Hz  and  1  MHz,  and  the
temperature in 13 steps between 40 °C and 200 °C.

The mechanical testing was performed in
accordance to the DIN ISO 178 with support  radius
of 5 mm (Fig. 9). As the average sample thickness is
1.12 mm, a sample width of 25.0 mm and a sample
length of 80 mm were selected.

Fig. 9: Three point bending set-up

The tests were performed in a universal testing
machine provided by Zwick. A climatic chamber
was installed to measure the flexural strength and
modulus at RT, and at elevated temperatures of
130 °C, 155 °C, and 180 °C. These temperatures
correspond  to  the  temperatures  classes  B,  F,  and  H
which are provided in IEC 60085.

Due to the elevated temperatures, it was required to
use a load cell of 100 kN. Previous investigations
showed a negligible/small difference between the
mechanical data of the more suitable 5 kN and the
large 100 kN load cell.

4 Results

4.1 DMA Calibration set-up

With the set-up for the DMA calibration (Fig. 7) a
thermal run was performed. The recordings of the
thermal wire at various positions are presented in
Fig. 10. Initially, three different support lengths (10,
15, and 20 mm) were investigated.

Fig. 10: Recorded temperature at the sample position

Fig. 10 shows that at the recorded sample
temperature of approx. 122 °C penetration of the
indium occurs. However, in reality the temperature
at this position is 156.6 °C. As the penetration
corresponds to the amount of indium that was placed
on  the  support  structure  (pos.  #1),  it  can  be
concluded that this first onset temperature is from
the support structure. At a later stage the indium
beneath the probe (pos. #2) softens.

As can be seen, the support length has no significant
influence the onset temperature of the first
penetration. A higher helium flow of 40 ml/min
leads to a small change of onset of only approx. 4 °C.
This  clearly  indicates  that  the  middle  of  the  sample
(pos. #2) has a temperature that is approx. 30 °C
lower than the temperature at the support (pos. #1).
The heating rate was also varied from 3, 5 and 10
K/min. Here also similar temperature differences of
30 °C were observed, so the low thermal
conductivity of the glass epoxy materials is not of
influence. Apparently, the metallic probe tip/knife
subtracts heat from the furnace and determines
therefore the temperature underneath of it, which is
the location where the bending occurs. Furthermore,
the cold purge gas (helium) is guided along the
probe holder and cools the metallic structure.

Especially for  a  small  support  width of  10 mm, this
temperature gradient is approx. 6 °C/mm! Here it is
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unclear to which extent the determined material
properties are influenced by this high temperature
gradient.

The observations were verified with a prepared
sample in which thermal wires were imbedded. The
results from these observations match with the
results from the indium experiments. The position
for calibration at the bottom of the measuring cell
has the same temperature as the top of steel support
system (pos. #1) and is therefore a wrong position
for calibrating the three point bending set-up in the
DMA. Measurements performed in [11] confirm
similar large differences on the DMA furnace.

In case of an not correct calibration position of the
equipment, large difference in the recorded thermal
behavior can be expected, leading to e.g. broader
peaks in the loss modulus and tan delta, the onset of
the storage modulus will be reduced as well. The
performed measurements clearly show the
importance of correct calibration with the to be
analyzed sample and measurement settings.

4.3 Glass transition temperature of Vetresit 17
Important for the final material application is to
know the glass transition temperature or even better
the glass transition temperature range. DSC, TMA,
and DMA-measurements with the given settings in
section 3 were performed.

The DSC measurement of Vetresit 17 showed a
clear  Tg (Tmid-point).  Especially  in  the  TMA
measurement (Fig. 11) is can be seen that glass
transition is merely a process over a large
temperature range, and is not a single point.

Fig. 11. TMA-measurement in thickness direction of
Vetresit 17 (2nd run)

By definition of the standard, the onset of the sample
expansion is the glass transition temperature.

Fig. 12 shows the DMA measurement of Vetresit 17.

Fig. 12: DMA-Measurement of Vetresit 17 (2nd run)

The peak of the loss modulus was clearly detected
and  had  the  same  value  as  the  Tg, TMA.  The  peak  of
tan delta is 4 °C above the value of a Tg, TMA.

A summary of the various glass transition
temperatures is presented in Table 1.

Table 1: Various Tg-values of Vetresit 17

Method Difference in
Tg (compared

to Tg, TMA)

Settings

DSC
(2nd run) +2 °C heating rate: 25 K/min

TMA
(2nd run) 0 heating rate: 3 K/min

DMA +1 °C mid point lin. storage
mod.

DMA 0 peak of loss modulus

DMA +4 °C peak of tan delta

The measurements already clearly show that there is
a  variety  of  5  °C  on  the  determined  glass  transition
temperature of the same material.

Instead of using the 3-point bending samples, one
could use the dynamic compression mode in the
TMA as well. Suitable devices can modulate the
force, so a change in the elastic behavior of sample
can be detected as well. A thermal scan of the
sample under sinus-shaped modulated forces enable
the observation of loss modulus and tan delta in
compression (Fig. 13). As in this contribution only a
closer look at the temperature is given, no absolute
values for the loss modulus and tan delta are
provided for this measuring mode. The difference
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between the Tg, TMA (determined in the same
measurement) and the peak of loss modulus and
peak  of  the  tan  delta,  is  approx.  25  to  35  °C.  The
static force was 960 mN, and the dynamic force was
set  to  800  mN.  The  penetration  tool  with  a  tip  of  1
mm was used.

Fig. 13: Loss modulus, tan delta, and sample height
of Vetresit 17 as a function of temperature measured
in the compression mode with modulated forces

The advantage of this method is that the sample are
small,  so  little  temperature  difference  in  the  sample
are available. However, several samples needs to be
measured as the small samples could have locally
different mechanical properties, especially in the
case of woven fabric reinforced composites. Another
disadvantage is that the sample need to be heated up
to temperature 30 to 50 °C above the Tg, TMA in order
to obtain clear peaks in the loss modulus and in the
tan delta curves.

It is obvious that the temperature influences the
coefficient of thermal expansion as well (Table 2).

Table 2: Comparison of coefficient of thermal
expansion of Vetresit 17

Tempe-
rature
range [°C]

Thermal
expansion
(thickness

direction) [10-6/K]

Thermal
expansion

(fiber direction)
[10-6/K]

20 – 100 35 - 50 14 - 16

The coefficient of thermal expansion in the thickness
direction of the sample is changed significantly from
approx. 35-50 10-6/K below the glass transition
temperature to approx. 4-times this value above the
glass transition temperature

As  the  slot  insulation  is  a  thin  sheet  of  1  mm,  the
relative thermal expansion from RT to 130 °C in
thickness direction is only 5 µm. Also in fiber

direction the thermal expansion is small for the
range of RT to 130 °C. Although the parts can be up
to 10 m, the thermal expansion would be 15 mm.

4.4 Mechanical testing and comparison to DMA
measurements
The flexural modulus of Vetresit 17 was determined
in accordance with ISO 178 and is illustrated in Fig.
14. Five samples were measured and resulted in the
given error bars with 95 % confidence intervals. The
flexural  modulus  decreased  from 20  GPa  at  130  °C
to 15 GPa at 180 °C. The flexural strength at 155 °C
is approx. 270 MPa (± 10 %).

Fig. 14: Flexural strength and modulus as function
of the testing temperature

In order to make the relation between mechanical
tests and DMA-measurements the aspect ratio
should be similar. The support span in the DMA was
set to the maximum value of 20 mm, the tool used
for the flexural modulus had a fixed span of 25.4
mm. Furthermore the applied forces in the DMA
must be high enough in order to obtain a similar
deformation.

From the load displacement diagram (Fig. 15) it can
be seen that up to 1.2 % is deformation the material
has an linear  elastic  behavior,  so high forces can be
applied without reaching the viscous region.
Moreover this also explains the low tan delta value
of the DMA measurements.
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Fig. 15: Flexural strength – deformation diagram of
Vetresit 17 at 155 °C

Fig. 16 shows a DMA-measurement, where the
support width was set to 20 mm in order to be as
close as possible to the support width of the
mechanical testing set-up. The forces of the
measurement were set to 2880 mN (static) and 2400
(dynamic) in order to generate an amplitude of
approx. 40 µm at room temperature. This value
corresponds to a deflection of 0.07 %. At increased
temperatures the amplitude increases to 60-65 µm,
which corresponds to a deformation of 0.10 % and is
on the lower range as where the flexural modulus
(ISO 178) is determined (0.05 % and 0.25 %).

When the values of the storage modulus are added to
the values of the loss modulus the complex modulus
is obtained [11]. Fig. 16 illustrated the difference in
the moduli from the mechanical testing and the
dynamic mechanical analyses.

Fig. 16: Comparison of the storage modulus (DMA)
with mechanical determined values flex. modulus

As can be seen the values from the DMA
measurements are similar to the flexural modulus,
especially near Tg. Possible causes for deviation are:

· The way of measuring (secant method or
tangent method) leads to some difference.

The DMA has in each cycle a point where
little dynamic force is applied.

· The radius support structure and the radius
of the probe are different (sharp edges
verses a radius of 5 mm)

However, the tendency of both measurements are
quite similar at elevated temperatures.

Performing 3-point bending tests at increased
temperatures is generally time consuming and
requires  a  lot  of  effort.  Here,  the  DMA  has
advantages as this measurement is performed with
little effort. Additionally, the DMA provides usually
easy to be detected peaks in the tan delta values.
Especially, for dynamical mechanical loaded parts,
the DMA could provide useful information about the
material quality as well.

The tan delta value provides besides the Tg, also
information about the damping performance. In a
further experiment, the equipment was heated up to
the  Tg, Tan Delta max and three different supports spans
(10; 15, and 20 mm) were varied. Then the tan delta
values were determined by changing the applied
forces (Fig. 17).

Fig.  17.  Tan  delta  values  of  Vetresit  17  for  10,  15
and 20 mm of support span measured at Tg, Tan delta

(solid markers) and the corresponding amplitude
(open markers)

It  can be seen that  low forces lead to differences in
the absolute tan delta value. The modulus
determination is not yet performed in the linear
elastic region. At higher forces (above 5280 mN) the
tan delta value is quite constant. Furthermore, the
higher tan delta value for the 10 mm support width
indicated that higher loss are generated in the
sample, like is presented in [7].

The effect of an increase of the applied bending
force for an elastic material should lead to an
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increase in the deflection as well. In the case of the
DMA the deflection is represented by the amplitude.
For the various applied forces up to 6600 mN, the
amplitude is determined and a quite linear behavior
is visible. This means the measurements with a total
2880 mN static force and 2400 mN dynamic forces
are in the constant region and correct measurements
are performed.

In case of using the tan delta values of the DMA for
quality control, one should take of course the same
sample thickness, but also use the same support span
to determine a similar graph like in Fig. 17.

One further setting of the DMA is of influence on
the value of the glass transition temperature. This
setting is the measuring frequency of the probe. In
the IEC 61006 a frequency of 1 Hz is proposed, but
also  other  values  may  be  taken.  On  the  Vetresit  17
samples, the glass transitions temperatures the tan
delta peaks are determined at frequencies of 0.2, 1,
and 5 Hz (Fig. 18).

Fig.  18:  Tan  delta  of  Vetresit  17  as  function  of  the
temperature measured with various frequencies

As can be seen the temperature difference on the
peaks of tan delta are approx. 7 °C. With the lower
frequency the polymer can more easily follow the
oscillations, and softens at lower temperatures than
for higher frequencies.

4.5 Dielectric spectroscopy
Dielectric spectroscopy results, namely the dielectric
constant and the dielectric losses as a function of
frequency for the various temperatures indicated in
the plot, are shown in Fig. 19 and Fig. 20,
respectively.

Fig. 19: Dielectric constant (ε’) of Vetresit 17 as
function of the frequency at various temperatures

Fig. 20: Dielectric losses (ε’’) of Vetresit 17 as
function of the frequency at various temperatures

At low temperatures (70 oC) the dielectric constant
(ε’) is fairly flat having a value of about 5.9 and the
dielectric losses (ε’’) are low (below 0.01) showing
only a small increase at low frequencies (< 1 Hz).
For higher temperatures, close to and above to the
polymer’s glass transition, a significant increase is
observed. In particular, a broad loss shoulder
appears on the low frequency side, at around 1 Hz
for 125 oC, shifting to higher frequencies as
temperature increases. This dielectric relaxation is
attributed to the glass transition of the amorphous
phase (often called dynamic glass transition),
involving cooperative motions of the polymeric
chains. As it is known, dielectric relaxations appear
as steps in ε’ as and peaks in ε’’. Here, the relaxation
associated with the glass transition, often also called
as α relaxation, appears more as a shoulder in ε’’
since conductivity contributions (charge carrier
motions released at temperatures above Tg) are
superimposed on its low frequency side.

The above trends are also depicted in the isochronal
representation of Fig. 21 (ε’ and ε’’ as a function of
temperature for a fixed frequency). Here the
frequency of 50 Hz has been chosen due to its
importance in electrical applications. As it is seen ε’
shows a weak temperature dependence. It should be
also noted that the normal operation temperature of
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Vetresit 17 material is always below that
temperature. For higher temperatures, a strong
deviation to significantly higher values is observed.
Below Tg no/little motion of the dipoles is allowed,
while above Tg the polar groups of the epoxy matrix
can  move  more  freely  as  a  result  of  the  increased
free volume, hence the dielectric constant increases
from this point on.

Fig. 21: Dielectric constant and losses of Vetresit 17
as function of temperature at 50 Hz

The discussed above determination of the glass
transition temperatures and the influence of the
various settings will now be applied on analyses on
thermally aged rotor slot insulation.

4.6 Thermal Ageing of Slot Insulation
Changes in storage and loss modulus and tan delta,
as determined by DMA-measurements, due to
polymer degradation have been reported in [7]. In
order to observe the thermal ageing influence on the
Vetresit 17 slot insulation, samples were placed in a
hot air oven at both 155 °C and 180 °C for 28 days.

For the testing at room temperature no change in the
flexural modulus is observed after the ageing. The
aged samples tested at 155 °C show only a small
increase of 10 %, which is however within the
confidence intervals of the not aged and aged
materials.

The  Tg-values for the DSC were difficult to see,
although large samples were used. However, an
increase of 10 and 13 °C was observed compared to
the unaged sample. In the DMA the increase was 7
to 9 °C.

The glass transition temperatures measured by DSC,
TMA, and DMA are summarized in Table 3.

Table 3: Various Tg-values of aged Vetresit 17

Method Difference
in Tg

(compared
to Tg, TMA)

Aged at
155 °C

Tg-Value

Aged at
180 °C

Tg-Value

DSC
(2nd run) +2 +12 +15

TMA
(2nd run) 0 +11 +13

DMA (peak
loss mod.) 0 +8 +8

DMA (peak
tan delta) +4 +11 +13

Especially the DMA-measurement show a
significant change in the tan delta values (Fig. 22).

Apparently, the higher ageing temperature of 180 °C
does  not  lead  to  a  further  reduction  of  the  tan  delta
value compared to the value of 155 °C. The tan delta
value decreased 40 %, indicating that the sample
performs more elastic (storage modulus) and
reduced the viscous contribution (loss modulus). An
explanation for this are that not bonded side groups
had the possibility to react or smaller compounds are
outgassed of the samples [9].

Fig. 22: Tan delta value from DMA experiments

Dielectric  spectroscopy  results  presented  in  Fig.  23
are in line with the above mentioned statement.
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Fig. 23: Dielectric losses of Vetresit 17 (non aged,
aged  at  155  °C,  and  aged  at  180  °C  samples)  as  a
function of frequency above Tg.

Even though it is difficult to check any effects of
ageing on the position of the α relaxation process
(associated to the glass transition) due to the
superposition of conductivity contributions, an
apparent decrease in the AC conductivity with
ageing  is  observed  (see  inset  in  Fig.  25  where  for
low frequencies σ’ decreases at about one order of
magnitude upon ageing). This implies existence of
less ionic species contributing to conduction due to
either their reaction and incorporation into the
crosslinked network or their removal as volatiles
(outgassing). The inset also shows the corresponding
frequency dependence of σ’ (real part of AC
conductivity, with σ’=2πfε0ε’’ where f is the
frequency and ε0 the permittivity of free space).

5 Conclusions and Summary

From the performed measurements above, the
following can be concluded:

· The various glass transition temperatures of
Vetresit 17 determined by TMA, DMA, and
DSC show differences in the values of 5 °C.

· Modulated force TMA measurements show
peaks of the loss modulus and tan delta that are
approx. 30 °C above the Tg, TMA. However ,this
technique provide besides a clear Tg also
information about the mechanical performance.

· The flexural modulus from mechanical testing
for the evaluated materials is higher than the
value of the DMA measurements. At elevated
temperatures (130 °C and 155 °C) a good

similarity is shown. High forces on the DMA
equipment are required in order to generated a
high enough amplitude or deformation.

· DMA is suitable for the Tg determination of
composite materials. The Tg-values are a few
degrees lower than the Tg-values by means of
TMA. However, in the case of the DMA thermal
difference up to 30 °C in the sample are present
due to the support structure and probe holder.

· Dielectric measurements support the findings
obtained by mechanical and thermal
characterization techniques. In particular, the
dielectric constant increases significantly at
temperatures close to and above Tg.

· Ageing at 155 °C and 180 °C lead to an increase
of the glass transition temperature up to 9 °C,
accompanied by a decrease in the AC
conductivity at low frequencies.

· Tan delta values as determined by DMA-
measurements before and after ageing show a
decrease of 40 %. The increased Tg indicate that
probably the cross link density has been
increased and so the loss  modulus and tan delta
decreased.
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1 Introduction

Processing properties of fibrous reinforcements and
mechanical properties of composites are strongly
influenced by reinforcement heterogeneity at the
micro-scale. Disregarding the random arrangement
of filaments at the micro-scale can lead to an
overestimation of mechanical properties [1]. The
random arrangement can result in unpredicted
micro-crack formation within a component, which in
turn reduces the service life of a part [2]. Most
models incorporating micro-scale variability of the
filament arrangement are based on artificially
generated random configurations [3]. Owing to the
difficulty in gathering data on the intrinsic
variability of fibre reinforcements [4], algorithms
generating statistically equivalent micro-structures
are rarely implemented. This study describes an
automated method for the determination of
parameters to describe the micro-structure of a fibre
bundle and statistical analysis of the measurement
data. In addition, an algorithm is proposed to
generate equivalent representative micro-structure
models adapted from the work of Vaughan and
McCarthy [5]. These models can then be used to
predict reinforcement processing properties, e.g.
resin flow during impregnation in composites
processing, and micro-scale properties of composite
parts.

2 Materials and Processing

2.1 Sample Manufacture

To characterise the degree of heterogeneity in fibre
bundles at different compression levels, single layer
composite sheets were moulded and cured at
different cavity heights, effectively varying the fibre
volume fraction, Vf. Panels with dimensions 125 mm
× 60 mm were made from “non-crimp” carbon fibre

fabric and a low viscosity epoxy resin system. The
fabric consisted of yarns with a 12K filament count,
stabilized by thin glass weft yarns coated with a
thermoplastic polymer. The specimens were
moulded by circumferential injection of the liquid
resin into a stiff metallic tool containing the fabric.
The mould cavity height, h, i.e. the level of fabric
compression, was varied. Three sets of samples with
Vf of 0.45, 0.60 and 0.74 were produced using a
mould with cavity height of 0.37 mm, 0.28 mm and
0.22 mm, respectively. Depending on Vf, the
injection pressures used were between 1 bar and 4
bar to ensure complete mould filling. The resin was
preheated to 70 °C before the injection pressure was
applied. Subsequently, the temperature was
increased to 130 °C to achieve the required low resin
viscosity and to initiate the curing process. During
injection, the resin viscosity, μf, was estimated to be
approximately 0.025 Pa⋅s.

2.2 Experimental Methodology

Moulded and cured specimens were analysed by
means of optical microscopy. This allowed the
micro-structure to be determined at a high
resolution. Other imaging techniques, such as micro-
Computed Tomography [6], were identified to have
inferior resolution. Images were acquired with a
brightfield reflected light microscope equipped with
an automated stage and a 12 bit monochrome
camera. The pixel spacing, i.e. pixel centre to pixel
centre distance of the resulting images, was
determined to be 0.093 µm. Large area scanning was
enabled by a computer controlled stage, which
allows automated x-y positioning as well as
automated z-positioning of the sample. Stitching of
overlapping single images enables larger areas to be
studied [7-9]. A stitching code was implemented
based on Fast-Fourier correlations [10] programmed
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in Matlab®. Micrographic analysis of cross-sections
of the moulded and cured specimens allowed the
filament distribution to be identified (Fig. 1). Images
were analysed automatically at much higher
resolution compared to examples reported in the
literature [11].

Fig. 1. Cross-sections of composite specimens produced
by resin transfer moulding at a gauge pressure of p = 4
bar and varying cavity heights, h. A) h = 0.37 mm, B) h =
0.28 mm and C) h = 0.22 mm. Carbon fibre bundle with
12K filament count; dry spots appear black.

3 Image Analysis

The theoretical resolution of an optical light
microscope is limited by the wavelength of the light
used [12] and can be determined as about half the
wavelength [13]. For visible light, the maximum
achievable resolution is therefore about 0.2 µm. It
should be noted, however, that several techniques
were developed in recent years which enable
resolutions approaching 20 nm [14]. The resolution
limit of 0.2 µm means that it is impossible for edges
of touching fibres to be clearly distinguished.

To gain morphological data from the acquired
images, a simple colour thresholding technique is
often employed [7, 15]. Inevitable differences in
lighting, local light reflections and shading [12]
makes it unfeasible to use a single global threshold
for a complete image which can easily contain up to
250 individual fibres. This effect is amplified locally
by the presence or absence of filament cross-sections
within the image. This will therefore result in
different greyscale values for the same object.
Furthermore, rounding effects of the specimen at the
sample edges due to polishing of the specimen leads
to fibres in the images appearing darker with less
pronounced boundaries. Their greyscale values will
therefore be lower than in regions of fibre

agglomeration. An automated image analysis
process was developed, based on the edge detection
of local colour gradients, to overcome these issues.

3.1 Image Processing

Since the simple thresholding technique cannot be
applied for accurate detection of filament cross-
sections, a different approach is utilised here, based
on prior knowledge of the expected filament shape.
In a first step, areas of interest within the image are
determined. The contrast of the bright and dark
areas, fibres and matrix respectively, is enhanced in
the image. This is followed by a simple global
threshold of the entire image and a watershed
separation [16] of the remaining objects. Even
though it is not possible to extract precise data from
every single fibre cross-section, it is possible to
determine centre points for specific areas of interest.
These points are used as an input for a first
approximation of the fibre cross-section centres. A
window of defined size is centred on every single
position, and localised image analysis is executed.

It is possible to detect fibre edges directly in these
local images. A widely used and generally accepted
method of edge detection was developed by Canny
[17]. This algorithm detects edges by examining
neighbourhoods of pixels and evaluates the
gradients. If this algorithm is applied to the image of
a fibre, it can be demonstrated that the detected fibre
radii are underestimated (Fig. 2). The minor ellipse
axis, representing the actual fibre diameter, is
significantly under predicted (6.48 µm instead of
7.17 µm here). Compared to a set of 29 reference
measurements of manually fitted ellipses on high
magnification Scanning Electron Microscope (SEM)
images, it can be shown that the major ellipse axis is
underestimated by 1.9% and the minor ellipse axis
by 8.4%. This shows that the direct edge fitting
approach is not applicable for the obtained
micrographs.

A)

B)

C)

2 mm
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Fig. 2. A) Edges detected with Canny algorithm, B)
manually fitted ellipse on SEM image.

Instead of using the original image, local colour
gradients can be calculated (Fig. 3A). The
calculation of colour gradients in these locally
confined areas also allows absolute colour values of
the image to be neglected. The problem of different
levels of contrast or brightness, which depends on
the position of the fibre in the overall image, can
therefore be overcome. After smoothing the gradient
image, the edges can be determined using Canny’s
edge detector. The image of the fibre boundary
gradients will show two distinct edges (Fig. 3B).
The inner edge (yellow dots) is present because the
gradient of a fibre edge exhibits a greyscale gradient
in two directions. The points belonging to the inner
edge can be eliminated using a stencil based on a
fitted ellipse through the initially determined Canny
edges (Fig. 2A). This leaves just the outer fibre edge
of interest and the edges detected from neighbouring
fibre cross-sections as noise.

Fig. 3. A) Representation of colour gradients of a fibre
with parts of touching fibres. B) Detected Canny edges of
the fibre (black *) and Canny edges of the gradients
(white and yellow dots). Canny edges marked yellow are
removed.

In order to remove all points not belonging to the
actual fibre edge, the distance to the image centre is
calculated for all points. Only the points closest to

the centre for every 5 degrees are selected, and an
ellipse is fitted through these remaining points (Fig.
4A). Since it cannot be ensured that all points from
adjacent fibre borders are removed, the fitted ellipse
is used as a new stencil. A selected offset is applied
to the ellipse and any outliers removed iteratively
and the ellipse is refitted through the remaining
points. The optimal detection of the actual filament
boundary was found using a 2 pixel offset. The
obtained fit is shown in Fig. 4B. The resulting
differences between the major and minor ellipse
axes compared to the manual ellipse fit shown in
Fig. 2B are 1.6 % and 0.5 %. The good fit of the
minor ellipse axis enables the precise estimation of
the fibre diameter distribution within a complete
fibre bundle.

Fig. 4. A) Initial ellipse fit of fibre boundary based on the
determination of colour gradients. Noise, points belonging
to edges of touching fibres are present. B) Final result of
the fitted ellipse to the fibre boundary after iteratively
removing points outside the first ellipse fit.

Compared to a set of manually fitted ellipses (Fig.
2B), an average underestimation of 0.8 % of the
minor ellipse axis was identified. The measurement
of 300,000 single filament cross-sections showed a
normal distribution of the filament diameter with a
mean of 6.97 µm and a standard deviation of 0.39
µm, which is in good agreement with the nominal
values. The precision of these results is superior to
measurement data reported in the literature [5, 18,
19].

The developed procedure for image processing
implemented in Matlab® allows the automated
analysis of filaments within complete fibre bundles.
Problems encountered during conventional image
analysis employing simple techniques such as colour
thresholding are overcome with the proposed
method by analysing colour gradients instead.

A) B)

A) B)

A) B)
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Fitting a predefined shape to the filament edges
allowed the precise determination of filament
dimensions. The presumed elliptical fit of the
filament boundary may be questionable for the
cross-sections of other filaments, e.g. natural fibres,
and Kratmann et al. [20] pointed out that this
method is sensitive to irregular shapes. However, the
proposed process allows the use of any other shape
approximation. This makes the proposed technique a
powerful tool to systematically analyse large areas
within a composite at high magnification in an
automated manner.

4 Results

4.1 Bundle Shape

A method to accurately determine the filament
dimensions was described in Section 3.1. Based on
this information and the exact location of the
filaments, it is possible to deduce the edge of the
entire fibre bundle. The width of individual bundles,
w, initially increases with a decrease in h (Fig. 1A
and B). Due to the increase in w, adjacent bundles
overlap for h = 0.28 mm (Fig. 1B) and merge for h =
0.23 mm (Fig. 1C). Only in areas where the fixation
thread is present, the yarn remains physically
separated (Fig. 1C; near left and right edge of
image).

The global Vf in the mould cavity with height, h, can
be estimated when the fabric areal density, Af, the
density of the material, ρ, and the number of layers,
l, are known (1).

ܸ =
∙݈ ܣ
ℎ ∙ ߩ

(1)

While Vf is inversely proportional to the cavity
height, the change in bundle width with increasing
compaction exhibits a non-linear relationship (Fig.
5). The width of the fibre bundle increases
significantly in the initial stages of bundle
compression. This suggests that the increase in
global Vf from 0.45 to approximately 0.60 is coupled
with a significant change of the fibre bundle shape in
the textile layer as illustrated in Fig. 1. The internal
Vf of the fibre bundle should therefore be less
affected. Only if the bundle is further compressed
(from 0.60 to 0.74 global Vf), the Vf within the

bundle should significantly increase because the
overall change in bundle width is minimal. The
inter-yarn space as seen in Fig. 1A is completely
occupied when the bundle is highly compressed
(Fig. 1C), and the increase in global Vf can only be
achieved by a reordering of the filaments within the
fibre bundle and not by bundle widening.

Fig. 5. Fibre bundle height, h, and width, w, as a function
of the global fibre volume fraction, Vf. The error bars
show the standard deviation of the measurements.

4.2 Micro-Structure

4.2.1 Nearest Neighbour Distances
Different statistical descriptors can be employed to
describe the random arrangement of filaments within
a fibre bundle [21, 22]. The distance of a filament to
its n-th nearest neighbour can give an idea of the
spatial arrangement of the filaments [23]. The mean
distances for the first ten nearest neighbours,
measured between the centre points of the filaments,
are given for three Vf in Fig. 6. The graph clearly
shows that the average inter-filament distance
decreases with increasing levels of compaction. For
n = 1, the closest neighbouring filament, the distance
converges to the average filament diameter since the
nearest possible distance is achieved when
neighbouring filaments are in contact with each
other. Furthermore, the decrease in inter-filament
distance is more pronounced when the fibre bundle
is compacted from 0.60 to 0.74 global Vf within the
mould. This indicates that, due to a change in yarn
shape (Section 4.1), inter-filament distances
decrease less significantly when compacted from
0.45 to 0.60 global Vf.
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Fig. 6. Mean filament distance to first to tenth nearest
neighbour for three samples with Vf = 0.45, 0.60 and 0.74.
For comparison, the mean filament distances for a
hexagonal (hex) arrangement are shown.

At the maximum packing density in perfectly
hexagonal packing of identical filaments, the
neighbouring distances for the first six neighbours, n
= 1 to 6, are identical at a value of the filament
diameter, d. The filament distances for the
neighbouring filaments n = 7 to 12 are at a value of
d⋅√3 and for n = 13 to 18 at a value of 2⋅d etc. With
increasing levels of bundle compression, the average
distance as a function of n converges to this step
function, implying that a reduction in inter-filament
spacing and increasing packing density are directly
related to increasingly uniform filament
distributions. This agrees with observations by
Potluri and Sagar [24], who report flattening of fibre
bundles by micro-scale filament reordering as a
fabric compression mechanism.

4.2.2 Nearest Neighbour Angles
The distance to the n-th nearest neighbour (Fig. 6)
indicates that with an increase in compaction of the
fibre bundle, the inter-filament distance converges to
the hexagonal closest packing. The angle, under
which the n-th nearest neighbouring filament is
located, should also reflect this increased degree of
order within the fibre bundle and is often
disregarded. For analysis of the samples, the 0°
direction was chosen to be aligned with the width of
the fibre bundle and hence, ±90° represents the
direction of the sample thickness. Fig. 7. Angle distributions for the location of the first

(red), second to fourth (shades of grey) nearest
neighbours. A) global Vf = 0.45 with no bundle
compaction; B) global Vf = 0.60; C) global Vf = 0.74.
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It can be demonstrated that the distribution of
angles, under which the n-th nearest neighbours are
located, changes significantly with increasing fabric
compaction. With minimal fabric compaction, the
distribution of angles is almost isotropic (Fig. 7A).
A minor preference of the closest neighbour in
direction of the bundle width (0° / 180°) can be
observed. This could stem from the fabric
production process when the fibre tow is flattened
by pulling through various loops before being
processed into the textile reinforcement and/or the
fabric storage in the form of a tightly wound bobbin.
The angle distributions become, however, less
uniform with increasing compaction (Fig. 7B and
C), i.e. increasing degree of order in the filament
arrangement.

With an increase in compaction of the fibre bundle,
the probability for the closest filament to be found in
the compaction direction (±90°) is significantly
increased (Fig. 7B). During the reduction in cavity
height, the filament arrangement is compressed as a
result of the compaction force. Filaments are pressed
against each other in the compaction direction,
reflected in the increased probability of finding the
closest neighbour in the ±90° direction. The effect of
yarn widening can also be observed from this data.
Filaments are pushed in the direction normal to the
compaction force. An increased probability of the
third and fourth nearest neighbour to be located in
the direction of the bundle width results. If the
cavity height is further decreased, filaments in
vertical contact (in bundle thickness direction) move
normally to the compaction direction due to the
reduced available space. Since the filament
arrangement is already rather closely packed, further
increase in bundle width is limited (Fig. 1). Hence,
the filament arrangement is compacted more and
approaches hexagonal close packing (Fig. 7C). An
increased probability for a filament’s n-th neighbour
to be located at angles of 0°, 60°, 120°, 180°, 240°
and 300° can be observed.

Misalignment of the angle distributions with respect
to the direction of the bundle width and height can
be observed. This effect is more distinct in the
measured angle distribution of the sample with
maximum compaction (Fig. 7C). The most probable
location of the first neighbouring filament is at an
angle of 120° or 300° respectively. It is assumed that

the onset of this preference of the angles results from
the mould closing process. A slight misalignment of
the upper and lower mould tool would lead to
slightly misaligned compaction planes. This effect
could be further pronounced when physically
compacting the fibre reinforcement in the mould. An
increased compaction force could have been
introduced from one side of the mould, which would
explain the preference for a certain angle for the
(first) nearest neighbour position in Fig. 7.

5 Micro-Structure Generation

For modelling of micro-structural properties, i.e.
reconstruction of filament arrangements at the
micro-scale, several models have been proposed in
the literature. The most simple method of generating
random filament arrangements places non-
overlapping disks with constant [25, 26] or varying
[27] fibre radii randomly within a specified domain.
A limitation to this method is the jamming limit at
around Vf = 0.55 [28, 29], which is at the lower end
of the typical local Vf within fibre bundles used in
composite materials. Other studies induce
randomness by disturbing regular [30] or random
arrangements in defined ways [31, 32]. Varying
numbers of stirring iterations can be employed to
achieve different degrees of order [33]. Employing
these techniques, artificial filament arrangements
with Vf up to the theoretical maximum packing can
be generated. However, each of these modelling
approaches lacks a direct correlation to measured
data to generate the micro-structure. This limitation
is overcome by the modelling approach proposed by
Vaughan and McCarthy [5], which uses measured
distributions.

5.1 Reconstruction of Filament Arrangements

Statistically equivalent two-dimensional micro-
structures were generated following an adapted
version of the procedure described by Vaughan and
McCarthy [5] by means of measured distributions of
distances between neighbouring filaments. In their
model, a pre-determined number of filaments are
placed at given distances, which are picked
randomly from measured distributions, and in
random directions relative to a randomly placed
starting filament. After the last filament is placed,
the starting point is set to the first newly placed
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filament, and the process is repeated. These steps are
repeated until the specified domain is filled with
filaments, and no additional filament can be placed.

The proposed algorithm was further developed to
utilise the measurement data presented in Section
4.2. The adjustment of the nearest neighbour
distributions to avoid double counts of distances
between filaments which are each others’ n-th
nearest neighbour was omitted. This adjustment
would effectively lead to a widening of the
measured distributions. Allowing double counts
does, however, reflect the reality where two
filaments within one yarn cross-section can be each
others’ n-th nearest neighbour. To accommodate the
change in procedure, the first four nearest neighbour
distributions were used for the filament placement
procedure.

For periodic hexagonal packing, the maximum Vf =
0.91 is achieved if the nearest neighbour distance is
equal to the constant filament diameter. An identical
nearest neighbour distance is found in the case of a
square arrangement exhibiting maximum Vf = 0.79
for the first four nearest neighbours. It can be
demonstrated, however, that the procedure described
by Vaughan and McCarthy has a natural jamming
limit of Vf ~ 0.70 if these neighbour distances are
used in the reconstruction for the filament
arrangement. This limit can be explained by the fact
that, whilst the neighbouring filament distance is
picked from a measured distribution, the
neighbouring filament angle is randomly assigned.
This introduces an unintended assumption about the
arrangement which does not necessarily reflect the
actual filament configuration (Fig. 8A). As indicated
in Fig. 6, the filament distances seem to converge to
the hexagonal arrangement when the fibre bundle is
compacted. This compaction introduces some
regularity which is also reflected in the neighbour
angle distribution (Fig. 7). Therefore, it is necessary
to take the actual angle distributions into account at
which the n-th nearest filament is located most
probably rather than using a randomly assigned
angle. Incorporating this consideration into the
procedure proposed by Vaughan and McCarthy, a
statistically equivalent filament arrangement can be
generated. By utilising the filament distance and
angle distributions for periodic hexagonal packing
with maximum Vf = 0.91 as previously, the actual

filament arrangement can be reconstructed (Fig. 8B).
The jamming limit of the fibre placement algorithm
as shown in Fig. 8A can be overcome. Depending on
the provided input data, it is now possible to
generate models at any achievable Vf.

Fig. 8. A) Reconstructed random filament arrangement (Vf

~ 0.70) following the procedure described by Vaughan
and McCarthy [5] with neighbour distance distribution
employed equal to the filament diameter. B) Filament
arrangement (Vf = 0.91) achieved after additionally
incorporating the angle distribution of a hexagonal
configuration in the adapted model generator.

5.2 Validation of Generated Arrangements

The generated micro-structural models are validated
with the same statistical descriptors as employed
earlier, reflecting the orthotropy resulting from the
bundle compaction. The generated Vf distribution for
the micro-structure is similar to the distribution
measured on cross-sectional samples of fibre
bundles. In the case of a global Vf of 0.60, the
average Vf within the fibre bundle was estimated as
Vf = 0.67 ± 0.07 whereas the reconstructed Vf was
determined to be Vf = 0.66 ± 0.01 over a large
number of realisations. The mean Vf is slightly lower
than the measured data and the distribution is more
narrow. This narrow distribution is also clearly
visible in the neighbour distribution data (Fig. 9).
The measured neighbour distances are well within
the confidence interval of one (log-normal) standard
deviation.

A) B)
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Fig. 9. Measured n-th nearest neighbour distances (black
x) of generated RVEs with Vf = 0.66 compared to the
distributions mean (red diamond). The log-normal
standard deviation is marked as gray shaded area.

6 Concluding Remarks

This study proposes a new method to quantify and
describe the filament arrangement within fibre
bundles of reinforcement fabrics for composites on
the micro-scale. Single layer uni-directional carbon
fibre reinforcements (12K filament count) were
moulded at different cavity heights, effectively
varying the Vf of the resulting samples. The moulded
and cured specimens were analysed by means of
micrographs of polished cross-sections. This
allowed the micro-structure to be determined over a
large area and at a high resolution. The developed
method of automated analysis of stitched images in
Matlab® allows the analysis of much higher
resolution images compared to examples reported in
the literature. This enables the systematic analysis of
a large number of samples. To gain morphological
data from the acquired images, an automated image
analysis process was developed based on the edge
detection of local colour gradients. This method
overcomes issues commonly found when employing
simple image thresholding. The detected filament
outlines are approximated with an ellipse. With the
automated detection method, the analysis time is
relatively small and, for the case of carbon fibres,
the shape assumption was concluded to be a good
fit.

Compared to a set of manually fitted ellipses, an
average underestimation of the minor ellipse axis of
0.8 % could be identified. The measurement of a
large number of single filament cross-sections
showed a normal distribution of the filament
diameter which is in good agreement with the
nominal values. It was concluded that the developed
automated measurement technique for systematic
analysis of micrographic cross-sections delivers
superior results compared to measurement data
previously presented in the literature. Different
statistical descriptors can be employed for the
random arrangement of filaments within a fibre
bundle. The distance of a filament to its n-th nearest
neighbour was selected to describe the spatial
arrangement of the filaments. It was shown that
these distances to nearest neighbours decrease with
increasing fibre bundle compaction. In the literature,
the increasing degree of order of the filament
arrangement, reflected in the angle distribution
under which the n-th nearest neighbour is located, is
disregarded. The analysis of the angle distribution in
this work was only made possible because of the
automated measurement technique that was
developed that allows a systematic analysis with
high precision of a large number of images.

To generate statistically equivalent micro-structures,
the fibre placement algorithm proposed by Vaughan
and McCarthy [5] was further developed to utilise
the presented data. In particular, the incorporation of
the angle distribution of nearest neighbours
guaranteed a statistically equivalent model. This also
eliminated the jamming limit (Vf ~ 0.70) of this
model generation approach. It is now possible to
generate any Vf depending on the provided input
data. The generated micro-structural models were
validated with the same statistical descriptors as
employed for the measurement of the filament
distributions within fibre bundles.

In the future, the developed micro-structure
generator will be used for the prediction of micro-
mechanical properties of composites and analysis of
reinforcement processing. For example, it will be
possible to predict the micro-scale flow properties of
statistical equivalent filament arrangements present
within fibre bundles (Fig. 10). The results will then
allow comparison with other generators of
(artificial) micro-structures.
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Fig. 10. Map of the flow velocity magnitude for
transverse steady-state flow through a statistically
equivalent micro-structure.

In addition, the measured change of the filament
arrangement during deformation will be included in
a compaction model for textile reinforcements. This
will increase the understanding of fibre bundle
deformation mechanism in textile reinforcements
undergoing compaction during mould closure, e.g.
explaining the effect of nesting and bundle
deformation. The precise prediction of these
phenomena will help to explain the influence of the
bundle micro-structure on global component
properties.
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1 Introduction  

Working within the High Performance Ductile 

Composite Technology (HiPerDuCT) programme, 

the aim of the current work is to realize some 

pseudo-ductility through fibre reorientation and 

damage suppression to fully exploit the potential of 

angle-ply laminates under uniaxial tension. The term 

‘pseudo-ductility’ is used in this case, as the fibre 

rotation itself, combined with matrix yielding, leads 

to the large strains exhibited. This concept of ‘excess 

length’ is made possible by supressing damage via 

reduction of ply thickness.  

 

Angle ply laminates loaded in tension have shown 

promise of high strains to failure, but often fail 

prematurely due to matrix microcracking and high 

free-edge stresses that lead to delaminations [1]. 

These failure mechanisms have been widely studied 

[2-6]. O’Brien [4] characterised the onset and 

development of delaminations in angle-ply laminates 

consisting of [+θn/- θn/90n]s. Delaminations were 

seen to develop at the edges of the specimens, at 

+θ/-θ and –θ/90° interfaces. The delaminations at the 

–θ/90° interfaces grew considerably, whereas edge 

delaminations at the +θ/-θ interfaces remained 

isolated, resembling small triangles. The non-linear 

stress-strain behaviour was associated with a 

‘stiffness loss’ brought about by the accumulation of 

damage. A strain energy release rate (G) approach 

was employed to predict the initiation of 

delamination. The critical value of G was found to 

depend only on the laminate stacking sequence and 

location of delaminations. Wang and Crossman [5] 

and Crossman et al [2] also used a strain energy 

concept to determine the failure mechanisms of 

[±25/90n]s laminates. They presented an analytical 

model that predicted matrix cracking, edge 

delaminations and showed the importance of the ply 

thickness in calculating the value of G. It is 

suggested in [2] that reduction of ply thickness could 

suppress microcracking and delaminations. This 

conclusion is shared by Rodini and Eisenmann [6]. 

Kim and Soni [3] reported that, for [±30n/90n]s and 

[±30n/90]s laminates, the threshold for delamination 

decreased with increased ply blocking, effectively 

thicker plies.  

The laminates presented in [2-6] all contain a 

number of 90° layers – the failure of which via 

matrix cracking is coupled with the delaminations 

described. In an angle-ply laminate ([+θn/-θn]s), 

however, this matrix cracking is not present at such 

low stresses and the edge effects are more straight-

forward to isolate. Herakovich [7] investigated this 

using [(+θ/-θ)2]s and [+θ2/-θ2]s laminates. It was 

concluded that, for all angles tested, the strength was 

inversely proportional to the layer thickness. More 

recently, Leguillon et al [8] examined edge 

delamination initiation and the influence ply 

thickness has on this failure mode. They reported 

decreases in delamination stress with increased layer 

thickness.  

Despite this knowledge, difficulties and expense of 

manufacturing have limited work on reducing the 

ply thickness below the standard 0.125 mm. Recent 

advances in tow-spreading technology have allowed 

so called ‘thin’ prepregs to be produced. Sasayama 

et al [9] developed a pneumatic technique, which is 

described in detail by Sihn et al [10].  

Several studies have been undertaken [10-13] to 

experimentally investigate the general behaviour of 

thin ply laminates. Sihn et al [10] demonstrated that, 

from both static and fatigue tension tests of un-

notched and notched quasi-isotropic (QI) specimens, 

impact and compression-after-impact (CAI) tests, 

thin ply laminates (ply thickness of 0.04 mm) 

showed less microcracking, delaminations and 

splitting than specimens with thicker plies (0.2 mm 

ply thickness). Following fatigue testing of un-
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notched specimens, they demonstrated that, after 

50000 cycles, the thin ply laminates maintained 

stiffness and strength. Conversely, in notched tests – 

both static and fatigue – the thin ply specimens 

exhibited lower strength. Differences in failure 

modes were observed: pull-out behaviour from the 

thick ply laminates and brittle failure from the thin 

plies. X-ray images taken prior to failure show very 

little development of damage within the thin ply 

laminates, especially around the notch itself.  

Yokozeki et al [11, 14] investigated the compressive 

strength and damage resistance of thin ply laminates 

under both in-plane and out-of-plane loadings. In all 

cases, the thin ply laminates were shown to be more 

resistant to damage accumulation. This was 

particularly noticeable in out-of-plane transverse 

loading and CAI tests of QI laminates. Thick ply 

laminates (0.14 mm ply thickness) exhibited 

considerable delaminations on the back face, 

whereas the thin ply specimens (ply thickness 0.07 

mm) showed only internal delaminations. As above, 

this suppression of damage led to sudden brittle 

failure.  

Ogihara and Nakatani [13] presented work on 

carbon/epoxy angle-ply laminates, concentrating on 

the effect of ply thickness. Specimens of ±45° and 

±67.5° both showed increases in strength with ply 

thicknesses of 0.05 mm rather than 0.15 mm. A 

mesoscale damage model, devised by Ladeveze and 

LeDantec [15], was employed to show also that the 

thin-ply laminates were significantly more damage 

resistant. The issue of fibre rotation in the thin-ply 

specimens was not addressed. This principle of fibre 

reorientation via a scissoring action has been shown 

to influence the tensile behaviour of angle-ply 

laminates, particularly calculations of in-plane shear 

stress [16]. As such, it will be central to the present 

investigations. 

2 Experimental Methods 

Skyflex USN020A, a newly available spread tow 

carbon/epoxy prepreg, produced by SK Chemicals, 

with a cured ply thickness of only 0.03 mm has been 

chosen as a model material. The prepreg consists of 

Mitsubishi Rayon TR30 carbon fibres [17] and K50 

resin, a semi-toughened epoxy. To fully characterize 

the material elastic properties, quasi-static tensile 

testing of [0]16, [90]16 and [±45]5s laminates has been 

performed, the results of which are given in Table 1. 

Unidirectional (UD) specimens had a gauge length 

of 100 mm, width of 10 mm and thickness of 0.48 

mm. [±45]5s laminates had a gauge length of 150 

mm, width of 15 mm and thickness of 0.6 mm. From 

knowledge of the fibre and resin properties, a fibre 

volume fraction (Vf) of 42 % has been calculated.  

Mechanical testing of unidirectional specimens was 

conducted at 1 mm/min and all angle-ply laminates 

at 2 mm/min.  

To validate modelling, tensile testing has also been 

performed with angle-ply laminates covering a range 

of layup angles: ±15°, ±20°, ±25°, ±26°, ±27° and 

±30°. All specimen dimensions were as for the ±45° 

layup described above.  

Strain data was captured using an Imetrum Video 

Extensometer and associated software. In all cases, 

the true stress and strain have been computed to 

account for the change in cross-sectional area at high 

strains.  

3 Modelling  

X-ray Computed Tomography (CT) imaging 

performed on a selection of the specimens following 

tensile testing of [±30]5s and [±45]5s laminates (Fig. 

1), shows that there is very limited damage within 

the gauge length. These images show that failure 

was a local event, also demonstrated by the 

micrograph of a section of [±45]5s laminate in Fig. 2. 

A failure surface similar to that of woven fabric 

composites is seen, with any damage limited to the 

immediate area.  

This suppression of damage allows a modelling 

approach based on plasticity, rather than damage 

mechanics, to be undertaken.  

The selected methodology is based on that presented 

by Sun and Chen [18, 19]. Initially a 

micromechanical model [19] that treats the 

constituent fibre and matrix as an elastic-plastic 

material, is used to identify the plastic behaviour of 

the matrix. Due to the complexity of the 

micromechanical approach, however, it is solely 

used as a tool to define parameters for the 

orthotropic plasticity model [18]. The next stage of 

the process models the tensile behaviour of an angle-

ply laminate, incorporating the previously 

determined matrix properties. The plasticity 

modelling is described in detail within [18] and [19], 

so only the key elements and assumptions of each 

stage of the method shall be highlighted at this point. 
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All modelling has been conducted using the Matlab 

programming language.  

3.1 Micromechanical Model 

The micromechanical model is utilised to define the 

plastic properties of the matrix material. Incremental 

solutions of the fibre and resin compliance matrices 

are found and then combined to give the tensile 

response of the unit cell of composite.  

The unit cell of material is idealised, as shown in 

Fig. 3, as a square cross-section of fibre (region AF), 

bounded by two regions of matrix (AM and B). This 

area is a quarter-model of the fibre and matrix, 

assuming a rectangular distribution of fibres in the 

composite. The fibre region is assumed to be 

orthotropic linear-elastic and the matrix isotropic 

elastic-plastic, following the von Mises J2-flow rule. 

The respective material properties used in the model 

are set out in Table 2. The transverse, E22, and shear, 

G12, moduli have been reached via knowledge of the 

longitudinal fibre modulus, E11, (from Skyflex data 

[17]) and unidirectional material stiffness matrix, 

[Q]. The values of E22 and G12 were adjusted until 

the values of [Q] matched those already calculated 

for the Skyflex material from material 

characterisation testing. A state of plane stress is 

also assumed to exist perpendicular to the x – y (1 – 

2) plane, leading to σ33 = σ23 = σ13 = 0.  

The plastic behaviour of the matrix is described by 

the effective plastic strain,  ̅pM
, and effective stress, 

 ̅M
, which are related via a power law,  

 

 ̅       ̅       (1) 

 

The β and n terms are found by taking axial stress – 

strain test results from the [90]16 laminates and 

computing the  ̅ pM 
and  ̅ M

. Where θ = 90°, (2) 

reduces to (3), allowing calculation of h(θ) without 

requiring the unknown term, a66: 

 

      [                  
        ]       (2) 

 

      [         ]            (3) 

 

h(θ), applied axial stress,   , and plastic strain in the 

loading direction,   
 

, are related via the following 

equations: 

 

 ̅                (4) 

 

 ̅     
 

    ⁄         (5) 

 

Initial values of   and n are found, using (1), and 

provide starting points for describing the plastic 

strain increments in the matrix regions (AM and B) 

within the model. The values of   and n are then 

adjusted to give an axial stress – strain response that 

closely matches the experimental results, as shown 

in Fig. 4. These values are stated in Table 3.  

The next step is to produce off-axis stress – strain 

curves over a range of fibre angles (Fig. 5). The unit 

cell of material is maintained, whilst the fibre is 

oriented at an angle, θ, to the loading direction. 

Employing (2), and arbitrarily setting a66 = 1, the  ̅pM 

and  ̅M 
for each fibre angle can be calculated. It is 

necessary to determine another value of a66 for the 

laminate-level plasticity model. Sun and Chen [19] 

show, using a composite of boron – aluminium, that 

one value of a66 can collapse the effective stress – 

plastic strain curves of each off-axis angle on to the 

90° data. Fig. 6 demonstrates that the same is 

applicable for the Skyflex USN020A material.  

3.2 One-Parameter Orthotropic Plasticity Model 

The simple one-parameter plasticity model presented 

by Sun and Chen [18] assumes that non-linearity in 

the fibre direction is negligible; with all the 

plasticity originating from the transverse and in-

plane shear stresses. In this respect, the model is 

well suited to implementation with angle-ply 

laminates, as the transverse and shear stresses 

interact and can be modelled with the plastic 

potential function,  

 

  
 

 
    

         
           (6) 

 

A state of plane stress is deemed to exist and the 

material is assumed to remain orthotropic 

throughout – allowing the use of a constant value of 

a66.  

The plastic behaviour of the composite is again 

defined by a power law, relating effective plastic 

strain,  ̅p, and effective stress,  ̅,  

 

 ̅      ̅       
(7) 
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Where A and r are calculated from performing a 

regression analysis in order to fit a power law curve 

to the data shown in Fig. 6. The values of A, r and 

a66 used in the model are presented in Table 3. 

Within the model, the effective stress is defined as:  

 

 ̅  √                (8) 

 

The solution is found by relating the incremental 

strains and stresses for the laminate,  

 
[  ]  [ ][  ]    (9) 

 

The compliance matrix, [S], allows computation of 

the overall behaviour by including the elastic and 

plastic contributions to the stiffness of each ply in 

the laminate.  

Fibre rotation is assumed to take place as a 

scissoring action, as described in [16, 20, 21]. The 

fibres are treated as inextensible and modelled as 

rotating towards the longitudinal axis of the 

specimen, as shown in Fig. 7, where the ‘rotated’ 

fibre angle, θ’, is defined as:  

 

          {
    

         
}            (10) 

 

The plasticity model is contained within an iterative, 

non-linear classical laminate analysis (CLA) 

solution that incorporates the fibre rotation. The 

compliance matrix, [S], is recalculated at each 

loading increment, allowing the change in ply 

stiffness, caused by the reorientation of fibres and 

matrix plasticity, to be accounted for.  

Failure of the laminate is based on a maximum strain 

criterion. Using experimentally obtained values for 

both tensile and compressive strains to failure in the 

three principal material directions (ε11, ε22, γ12), each 

ply is checked for failure at the end of every loading 

increment. If a failure is recorded, the loading stops 

and the stress – strain data for that laminate is stored.  

4. Model Validation 

Quasi-static tensile testing of various angle-ply 

laminates has been conducted in order to validate the 

modelling described above. 

Table 4 presents strengths, failure strains and final 

fibre angles for all the angle-ply laminates 

experimentally tested and the respective model 

results in each case.  

The [±15]5s and [±20]5s specimens in particular were 

dominated by the fibre direction material properties. 

This can be seen, in Fig. 8, from the low level of 

non-linearity developed prior to failure. The 

relatively low initial value of G12 (2.4 GPa) for the 

Skyflex material, meant that the shear yield point 

was not reached and only a small degree of non-

linearity was developed. Failures in these cases were 

explosive and fibre dominated. The model provides 

a very good match to the experimental results. At 

strains close to 2%, a slightly stiffer response is 

predicted for the [±20]5s layup than seen in testing.  

Tests of [±25]5s, [±26]5s and [±27]5s specimens were 

performed in order to evaluate a range of layups that 

were predicted to exhibit relatively high stiffness 

and promising levels of non-linearity in strain. Fig. 9 

shows that the predicted strains to failure are 

surpassed by the experimental results. At low strains 

the correlation is excellent. Beyond 2% strain, all 

three specimens show divergence from the 

predictions. The strength predicted for both [±26]5s 

and [±27]5s laminates matches closely with the 

experimental values.  

The experimentally observed sudden, brittle failures, 

exhibited by each specimen in the [±25]5s, [±26]5s 

and [±27]5s series of tests were all initiated within 

the gauge length. Inspection of the failed specimens 

showed that any damage was local to the failure 

surface. In the case of specimens that failed at near 

to mid-gauge length (i.e. far enough from the end 

tabs to diminish their influence), failure occurred 

perpendicular to the specimen edge – indicating 

fibre failure across all plies.  

Most notably, there is very little loss in strength 

between the experimental [±25]5s and [±26]5s 

specimens. This occurs, however, with almost a 20% 

increase in strain to failure for the [±26]5s.  

Results for the [±30]5s laminates show more non-

linear behaviour and, similar to the [±45]5s, a shear 

dominated failure mode. As can be seen in Fig. 9 

and Fig. 10, the predictions for both layups are 

closely matched to the experimental behaviour. 

Whilst the [±30]5s prediction gives, overall, a stiffer 

response than the experimental, the gradients of the 

two curves can be seen to be similar at higher 

strains. This indicates that the model is accurately 

predicting the stiffness of the laminate, as the 

amount of fibre rotation and plasticity develops. 
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Table 4 shows that the predicted fibre rotation is 

within 0.4° of the experimentally observed mean 

value. For both layups, little damage was in 

evidence, with no obvious signs of edge 

delaminations.  

The [±45]5s specimens show strains to failure in the 

region of 20% and fibre reorientation in excess of 

10°, leading to a large offloading of stress on to the 

fibres. This is manifested, as shown in Fig. 10, by a 

stiffening of the laminate at high strains. The overall 

predicted response is reasonably well matched to the 

experimental data. The experimental curve shows a 

much more pronounced yield point at about 120 

MPa, leading to a large softening of the laminate. 

The experimental response begins to stiffen sharply 

around 200 MPa, whereas the model predicts that 

the laminate will only stiffen at over 250 MPa. In 

excess of 16%, the failure strain from modelling is 

only slightly lower than the 17% seen in 

experiments. The model has been unable to 

accurately predict the strength, predominantly due to 

the lower degree of stiffening at higher strains.  

It is important to assess the accuracy of the fibre 

rotation predicted by the modelling. Table 4 also 

contains the predicted and mean experimental fibre 

angle at failure for each angle-ply laminate. A good 

agreement is in evidence for all specimens, giving 

confidence that the approach is accurately predicting 

the stress state in the laminates. Fig. 11 shows also 

that, with the [±27]5s specimen as an example, the 

predicted reorientation of fibres follows the 

experimental trend. There is an acceleration of fibre 

rotation with increasing strain. This indicates that 

the matrix, in agreement with modelling, has 

undergone some yielding and there is plastic flow, 

allowing the fibres to reorient.  

5. Conclusions 

This study has examined the monotonic tensile 

behaviour of thin ply angle-ply laminates and 

incorporated a one-parameter plasticity model [18] 

into analyses of fibre rotations to provide a 

predictive tool.  

The very thin, 0.03 mm, ply thickness of the Skyflex 

USN020A carbon/epoxy prepreg material has 

effectively suppressed the principal mechanism of 

failure – edge delaminations – and allowed 

substantial non-linear strains to develop. 

Considerable fibre reorientation has demonstrated 

that the concept of ‘excess length’ is able to produce 

some pseudo-ductile behaviour in a carbon/epoxy 

laminate. Angles between 25° – 27° have been 

shown to hold the most promise in terms of this 

concept. Laminate strengths in the region of 60% of 

the unidirectional material strength have been 

exhibited, in conjunction with failure strains in the 

range of 3.5 – 4.5 %.  

The simple modelling technique employed to predict 

the overall stress-strain response has been shown to 

be sufficient. At low strains, the non-linear 

behaviour of each laminate has been captured well. 

There is, however, less accuracy at higher strains. 

This is partly due to the generality and simplicity of 

the plasticity model – based on a power law to 

describe the matrix yielding. This has been shown to 

be accurate for the micromechanical unit cell of 

unidirectional material, though the modelling of a ±θ 

laminate is somewhat more complicated. Other 

factors include the difficulty in accurately 

representing the fibre reorientations taking place and 

the effect on the laminate during this process. 

Despite this, the model has been shown to produce 

effective predictions of strength and axial failure 

strain.  
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Table 1 

Elastic properties of Skyflex USN020A 

E11 101.7 GPa 

E22 6.0 GPa 

G12 2.4 GPa 

ν12 0.3 
 

Table 2 

Elastic properties of TR30 fibre and K50 matrix, as used 

in micromechanical model. [17] 

 TR30  K50  

E11 234.8 GPa 3.35 GPa 

E22 13.0 GPa 3.35 GPa 

G12 15.0 GPa 1.21 GPa 

ν12 0.2 0.38 
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Fig. 1. X-ray CT images for (a) [±30]5s and (b) [±45]5s 
specimens. Each image is taken from the laminate mid-

plane. It may be noted that the small triangular shape and 

line across (a) and criss-cross of grey lines on (b) are 

artefacts from CT scan of the laminates’ surface layers.  

 
 

 

Fig. 2. Micrograph showing the failure surface of a 

[±45]5s specimen. The brush-like fibres demonstrate that 

failure was similar to the mechanisms seen in woven 

composites.  

 
 

 

 

 

Table 3 

Plasticity terms for micromechanical and laminate level 

modelling of Skyflex USN020A. (All values quoted 

require stress in Pa.)  

β 4.0*10
-33

 

n 3.86 

A 2.1*10
-31

 

r 3.52 

a66 2.1 
 

 

Fig. 3. Diagram of unit cell representation of fibre – 

matrix regions for micromechanical model.  

 
 

 

Fig. 4. Experimental data for [90]16 laminates, overlaid 

with micromechanical model output.  

 
 

 

 

(a) (b) 

ICCM19 5102



DAMAGE SUPPRESSION IN THIN PLY ANGLE-PLY CARBON/EPOXY LAMINATES  

7 

 

 

Fig. 5. Off-axis stress – strain curves for Skyflex 

USN020A, as produced by the micromechanical model.  

 
 

 

Fig. 6. Effective stress against effective plastic strain for 

off-axis angles. A single value of a66 has collapsed the 

curves on to one that can be represented by a power law.  

 
 

 

Fig. 8. Applied stress – axial strain plotted against model 

output for [±15]5s and [±20]5s.  

 
 

 

 

 

Fig. 9. Applied stress – axial strain plotted against model 

output for [±25]5s, [±26]5s, [±27]5s and [±30]5s.  

 
 

 

Fig. 10. Applied stress – axial strain plotted against model 

output for [±45]5s.  

 
 

 

Fig. 11. Model and experimental fibre rotation trend for 

[±27]5s laminate.  
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Fig. 7. Schematic of fibre reorientation concept. Fibres are shown to rotate towards the longitudinal axis of the specimen 

with the application of a tensile load.  

 

 
 

 

Table 4 

Mean strength, strain to failure and fibre rotation for model and experimental results. Coefficient of variation (CV) appears 

below the relevant experimental result.  

  [±15]5s [±20]5s [±25]5s [±26]5s [±27]5s [±30]5s [±45]5s 

σx (MPa) Test 1393.8 1210.3 950.8 965.9 893.8 717.1 367.0 

CV (%) 4.6 4.5 5.8 2.6 2.6 0.7 13.8 

Model 1394.5 1316.5 1050.5 955.0 872.0 678 303.0 

εx (%) Test 1.70 2.33 3.47 4.29 4.52 5.40 17.19 

CV (%) 4.7 6.3 8.1 5.0 4.4 1.6 5.5 

Model 1.74 2.35 3.43 3.57 3.76 4.52 16.18 

θ’ (°) Test 13.5 16.8 19.3 18.9 19.7 23.2 33.1 

CV (%) 0.8 1.8 3.2 2.6 1.3 1.1 1.6 

Model 13.4 16.2 18.4 19.4 20.3 22.9 33.6 
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1 Introduction  

During flight, helicopter blades may be subjected to 
impacts with various soft or hard bodies such as 
birds or hailstone. This work focuses on the 
experimental study of medium velocity (~70 m/s) 
impacts on helicopter blades.  

A blade is composed of a main spar with 
unidirectional glass–epoxy, a skin and a rib made of 
hybrid glass–epoxy and carbon–epoxy woven 
composite, a polyurethane foam core, and a 
protective stainless steel that covers the leading edge 
(Figure 1). Two types of impact can occur: a frontal 
impact on the leading edge and an oblique impact on 
the composite skin of the lower surface of the blade.  

 
Fig. 1 : Description of the components of an helicopter 
blade 

Many experimental studies concern impact on 
composite structures [1].  To carry these studies, 
post-mortem analyses are often performed, like C-
Scan [2] or X-ray [3]. Sometimes high-speed camera 
coupled with full field measurement (with for 
instance Digital Image Correlation (DIC) [4] or 
Particule Image Velocimetry (PIV) [5]) are used to 
analyze the behavior of the target specimen.  

The measurement of the velocity is a key issue, 
since it provides an estimate of the energy balance 
and the impact range. Most of the time, it is only 
measured just before impact with light gate timing 

circuits. Another important issue is the evolution of 
the deceleration of the projectile during impact, used 
to estimate the impact force. Thus, an accelerometer 
is sometimes placed on the impactor, but its use is 
restricted to low velocity impacts carried out using 
drop weight devices [6]. Indeed, in the medium 
velocity impact range, the tests are performed with 
an air gun, and the projectile is a steel ball that can 
not be instrumented by accelerometers.  

Image acquisition is usually performed with a high-
speed camera, but most often for general visual 
assessments only. However, it is possible to analyze 
this sequence of images by computer vision 
algorithms. For instance, the Hough transform [7] is 
able to locate circles in an image. This is also the 
case of gradient based methods which may detect 
the contour of the projectile. Unfortunately, most of 
the time, it is limited to the measure of velocity 
because of the large measurement uncertainties [8]. 
Other methods taken from the motion analysis 
community are based on the tracking of markers. 
Since they have sub-pixels precision, the can 
provide velocity and acceleration with lower 
uncertainties. However, these methods are difficult 
to use in the context of impacts with air guns since 
the orientation of the projectile can not be mastered 
precisely. 

In this work, the use of an optical measurement 
technique based on the motion analysis of the 
impactor within the sequence of images of a high 
speed digital camera is investigated. A new motion 
analysis technique is proposed for the tracking of a 
spherical object based on digital image correlation 
for the estimation of trajectory, velocity, 
acceleration and impact force during high velocity 
impacts. The originality is that the interpolation of 
the displacement is not only made of two rigid body 
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translations [9], but also of three rigid body 
rotations.  

The paper is organized as follows. The digital image 
correlation method is explained in Section 2. The 
method is then illustrated in Section 3 on two impact 
tests: an oblique impact on a steel plate and a frontal 
impact on a cylindrical aluminium bar. Velocity and 
impact force measurements are compared to the 
results of numerical models. Then, the force values 
provided by this new measuring technique are used 
to study impacts on helicopter blades. Finally some 
concluding remarks are provided in section 4. 

2 A new method to measure impact forces 

2.1 Digital Image Correlation 

Here, an enhanced measuring method is presented. 
The proposed method is based on the correlation of 
2D monovision digital images [10].  

Consider a pair of images f and g taken respectively 
at times t and t+∆t. During the time interval ∆t, the 
projectile is assumed to undergo rigid body 
translations and rotations. The corresponding 
displacement u results in a variation of gray levels, 
such that the gray level conservation assumption is 
satisfied: 

u(x))g(xf(x) +=  (1) 

where x is the position in the image. 

A spline extrapolation of the gray level between 
pixels is used in order to measure a non-integer 
displacement [11]. 

Classically, the gray level conservation is written in 
a least square sense [12]. Find u(x) minimizing the 
quadratic distance Φ2: 

[ ]∫ +−= dxxuxgxf 22 ))(()(φ  (2) 

This nonlinear problem is solved using an iterative 
process. At iteration k, an approximation of the 
displacement at the previous iteration uk-1(x) is 
assumed to be known. The problem consists in 
correcting this approximation: uk(x) = uk-1+δu(x). 
The correction δu(x) is assumed to be small enough 
to allow for a first order Taylor expansion which 
results in the linearization of the problem: 

[ ]∫ ∇−−= dxfugf T
u

22 )( δφ  (3) 

where gu(x)=g(x+uk-1(x)), (f-gu) being the 
discrepancy map. The space of unknown 
displacement δu being infinite, an approximation 
subspace is introduced: 

∑
=

=
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n
nn qxxu

1

)()( ϕδ  
(4) 

where φn(x) are the interpolation basis functions, qn 
the corresponding degree of freedom (dof) and N the 
dimension of the approximation subspace. The use 
of such an interpolation leads to the resolution of the 
following linear system at iteration k: 

kk bMq =  (5) 

where qk is the degrees of freedom vector collecting 
the values qn, and where the operator M and right 
hand side bk of (5) read: 
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2.2 Interpolation 

Many choices for the interpolation functions φn(x) 
can be done.  

In the literature, most frequently, these functions 
have a local support, and represent a set of piecewise 
constant or piecewise polynomial functions [10].  

More recently, some global DIC methods have been 
proposed. They rely on global continuous basis 
functions, like for instance Fourier series [13], B-
Splines [14]. 

The extended finite element method (X-FEM) was 
also used for digital image correlation in the 
presence of discontinuities [15]. A formulation 
based on the Proper Generalized Decomposition 
(PGD) has also been proposed recently [16]. When 
one has a priori relevant mechanical information, 
analytical [12] or numerical [17] basis function can 
be also used. 
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In this study, the projectile is a steel ball and is 
assumed to undergo rigid body translations and 
rotations between two images. Since the motion is 
captured by a single camera, the full 3D 
displacement can not be recovered. In particular, the 
translation along the z-axis (out-of-plane vector of 
the image plane) is assumed to be negligible. The 
displacement interpolation can first be based on the 
two in-plane translations only, as it is done with 
classical DIC techniques. Furthermore, in this study, 
the use of the three additional rotations functions is 
proposed, in order to encompass possible rotations 
of the projectile, as shown Fig.1. 

 
Fig.1. Five rigid body translations and rotations used as a 
displacement basis for the ball. From left to right: x-axis 
translation, y-axis translation, y-axis rotation, x-axis 
rotation and z-axis rotation. 

More precisely, as the displacement is assumed to be 
small between two images, the orthogonal 
projections of linearized rotations are used as basis 
functions. The modes are only defined within a 
circular region of interest (ROI) of radius R (the 
radius of the ball in pixels) centered on the ball 
center C(xc,yc). Thus, the 5 basis functions are 
defined as follows: 
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2.3 Measurement over time 

The high speed digital camera provides a sequence 
of Ni images {f i}0≤i≤Ni . The procedure described 
above is used to measure the displacement of the 

ball between two consecutive images, namely with 
f=f i and g=fi+1. Thus, the measured quantity is a 
displacement increment, which corresponds to the 
velocity, when divided by the time lapse between 
two images. 

In [4] it is preferred to measure the displacement 
between image f0 and image fi, in order to minimize 
measurement uncertainties on the displacement 
field, which is the quantity of interest of the analysis. 
In the work described herein, the quantities of 
interest are velocity and acceleration. It is thus 
preferred to measure the velocity field in order to 
minimize the amplification of noise by 
differentiation with respect to time. In addition, the 
fact that the lighting conditions (reflection, overall 
brightness...) change significantly from the 
beginning to the end of the sequence, the fact that 
sometimes the paint is peeling because of the shock 
and the fact that sometimes the deformation of the 
target masks a part of the projectile, are arguments 
that reinforce this choice. 

 

3 Application to impacts on helicopter blades 

3.1 Validation of the DIC measuring technique 

Two kinds of impact tests, an oblique and a frontal 
impact test, have been carried out with a gas gun. To 
validate the measures, these tests are performed on 
two metallic specimens and the results are compared 
to Finite Element calculations. 

For the oblique impact test, the target is a steel plate 
of dimensions 200x400x1mm. The angle between 
the firing axis and the specimen is 15°. The right and 
left edges of the specimen are simply supported   
(Fig 2.a). For that test, the steel ball (19mm diameter 
and 28g weight) is propelled at an average initial 
velocity of 80 m/s (~ 90J). For the frontal test, the 
target is a cylindrical bar made of aluminium alloy 
(300mm long and 18mm diameter). The specimen is 
positioned perpendicular to the firing axis (Fig 2.b). 
For this test, the steel ball (30mm diameter and 110g 
weight) is propelled at an average initial velocity of 
70 m/s (~ 270 J). 
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Fig 2 : Setup of the impact tests – (a) oblique impact on 
an inclined steel plate monitored by side view and (b) 
frontal impact of aluminium cylindrical bar monitored by 
a top view. 

For both tests, the impactor is a hardened steel ball 
entirely covered by a black and white painted 
speckle. Sequences of images were acquired by a 
Photron APX-RS CMOS high speed digital camera. 
Images were obtained at two different rate/resolution 
compromises: 20000fps (512x512 px resolution) and 
36000fps (512x128 px resolution) for the oblique 
and frontal impacts respectively. The shutter speed 
was set to 1/81000s in order to limit the motion blur 
to less than 4 pixels wide and reduce uncertainties. 
Three Dedolight spots were used to provide enough 
light to keep an acceptable contrast. 

An example of the analyzed image is presented in 
Fig 3 for an oblique impact. The circular ROI 
automatically adapted is plotted (yellow circle). The 
measured positions of the center of the ball 
throughout the image sequence are reported by 
yellow + symbols on the image. On this figure, one 
can see that a part of the ball is hidden by the plate 
specimen because of its deflection. However, the 
adopted technique seems robust in this respect. 

 
Fig 3 : Measured positions (+) and position of the ball 
(circle) at t=0.65ms during the contact with the specimen. 

More, the digital images and the measured position 
of the ball are plotted in Fig 4 before, during and 
after a frontal impact. The positions estimated with 
an without taking into consideration the rotation of 
the impactor (denoted respectively rbt+rot  and rbt) 
are plotted. The ball undergoes a slight rotation that 
the rbt algorithm does not manage. Indeed, in       
Fig 4.c, the displacement (and thus the velocity) is 
underestimated when only rigid body translations 
are used as displacement interpolation. In 
opposition, it seems that the position is much more 
accurate with the enhanced interpolation basis. This 
results in a better estimation of the after-impact 
kinetic energy. Furthermore, the update of the 
position of the ROI is more accurate. In practice, one 
can sometimes observe that the rbt algorithm looses 
the impactor due to the fact that the error 
accumulates. This is not the case with the rbt+rot  
algorithm. 

 
Fig 4 : Positions of the ball retrieved by the DIC 
technique based on rigid translation only (solid line) and 
with the addition of rotations (dashed line) before impact 
at t=0.639ms (a), during the first contact t=1.4167ms (b) 
and after impact at t=3.56ms (c). 

(a) 

(b) 

(a) 

(c) 

(b) 
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In order to validate the measuring method, the two 
impact tests have been modeled. These finite 
element explicit simulations are carried out with the 
commercial software Radioss. The impactor was 
modeled using a Radioss spherical rigid wall, which 
is an undeformable solid. Johnson-Cook model was 
chosen for the material behavior of the steel plate 
and the aluminium bar. When the stress σ in the 
material reaches the yield stress a, the constitutive 
law becomes: 
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where b is the hardening stiffness, εp the plastic 
strain, n an hardening parameter, c the strain rate 
coefficient, 0ε&  the reference strain rate, T the 

temperature, Ti the initial temperature, Tmelt the 
melting temperature and m a temperature parameter.  
The material characteristics are given in Table 1. 

 
Table 1 : Material characteristics for the Johnson–Cook 
model chosen to represent the material behavior of the 
steel plate and the aluminium bar. 

For the oblique impact simulation, the plate was 
modeled using standard shell elements with 
hourglass stabilization. The mesh size is smaller in 
the impacted area (Fig 5.a). The edge length varies 
from 0.5mm to 10mm. For the frontal impact 
simulation, the bar was modeled using standard 8-
node three-dimensional elements with full 
integration. The mesh size is lower in the impacted 
region (Fig 5.b). The edge length varies from 1mm 
to 15mm. 

 
Fig 5: Modeling of the impact tests: (a) oblique impact (b) 
frontal impact. 

The evolution of the velocity and impact force for 
the oblique impacts are plotted in Fig 6. The 
calculated velocity and reaction load well correlates 
the measured forces. 

(b) 

(a) 
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Fig 6 : Comparison of the simulated and measured x and 
y components of the velocity and impact force 
corresponding to an oblique impact on a steel plate. In 
green, the simulation and in black the measurement with 
only rigid body translations (solid line) and translations + 
rotations (dashed line). 

The measured impact force and velocity of the 
impactor during the frontal impact on the aluminium 
bar are reported in Fig 7. If the shape of the velocity 
of the simulation and the measurement are similar, 
there is a mismatch on its final amplitude. One 
reason of such a difference could be the fact that 
damping is neglected in the modeling. Nevertheless, 
according to the impact force, the match between the 
simulation and the measurement is very good. 
Indeed, one can observe the same number of peaks. 
The measured position and amplitude also well 
correlates the calculation results. 

 
Fig 7 : Comparison of the simulated and measured x 
component of the velocity and impact force 
corresponding to a frontal impact on an aluminium bar. In 
green, the simulation and in black the measurement with 
only rigid body translations (solid line) and translations + 
rotations (dashed line). 

 

3.2 Application to the study of oblique impacts 

The purpose of these tests is to study the influence 
of the material of the skin on the response of 
composite sandwich panels subjected to oblique 
impacts.  

The specimens are composite sandwich panels with 
a polymeric foam core. The first tested skin is made 
up of two plies of glass/epoxy woven fabric oriented 
at 0–90° from the firing direction. The second tested 
skin is made up of two plies of carbon/epoxy woven 
fabric oriented at 0–90° from the firing direction. 
The fabrics characteristics are given Table 2. 
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glass / epoxy carbon / epoxy 
Density (kg/m3) 1900 Density (kg/m3) 1530 

Elastic modulus (Mpa) 19400 Elastic modulus (Mpa) 54000 

Shear modulus (Mpa) 3000 Shear modulus (Mpa) 4500 

Poisson ratio 0,13 Poisson ratio 0,045 

Tensile strength (Mpa) 400 Tensile strength (Mpa) 800 

Table 2 : Mechanical characteristics of the glass/epoxy 
woven fabric and the carbon/epoxy woven fabric  

The projectile is a steel ball with a diameter of 
19 mm and a mass of 28 g. The impact angle is set 
to 15° from the firing axis. The impact velocity is 
70m/s. 

Fig 8 shows the velocity of the impactor and the 
impact force measured with the presented DIC 
method. 

 
Fig 8 : Impactor velocity versus time for a glass/epoxy 
skin (orange line) and a carbon/epoxy skin (black line) 

The velocity of the projectile after impact is lower 
for the specimen with the carbon/epoxy skin than for 
the specimen with the glass/epoxy skin.  A balance 
of the kinetic energy of the ball before and after 
impact shows that the carbon fiber skin has absorbed 
30.52 J and the glass fiber skin 10.73 J.  

 
Fig 9 : Normal impact load versus normal displacement 
for a glass/epoxy skin (orange line) and a carbon/epoxy 
skin (black line) 

Indeed, the analysis of the evolution of the normal 
impact load (Fig 9) shows that the failure of the 
facesheet occurs for a load 26% lower for the 
carbon/epoxy skin. Consequently, the carbon fiber 
skin is more damaged than the glass fiber skin. That 
is why the dissipated energy is higher for the woven 
carbon/epoxy skin. 

4. Conclusion 

A Digital Image Correlation method was used to 
analyze the image sequence of medium velocity 
impacts carried out by air guns. It was shown that 
the method provides reliable estimation of the 
evolution of velocity and impact force during the 
impact. Indeed, the comparison with reliable 
numerical simulation reveals a good match between 
measured and simulated fields. This method is then 
proposed to analyze oblique impact tests on 
composite sandwich structures made with different 
composite facesheets.  

The major contribution of this work is a new 
accurate method for the experimental measurement 
of impact velocities and impact forces during gas 
gun impact tests. To go further, the method could be 
extended to stereo correlation, in order to avoid the 
assumption of planarity of the trajectory of the 
impactor. Another expectation of stereo correlation 
is that the double amount of informations could be 
used as regularization. 
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1 Influence of textile reinforcements   

Due to the increasing challenge to alter the climate 

change the demand for sustainable development 

within several industries leads to the introduction of 

new processes and materials. Polymer composites 

like thermoplastic continuous fiber-reinforced 

composites, so called organic sheets, are promising 

candidates to help achieve this goal. A growing 

importance of these materials can be found in the 

automotive industry. However, when it comes to 

exterior applications tremendous efforts have to be 

made to meet the industries requirements, e.g. on the 

appearance of components. Due to the use of fabrics 

as reinforcing material in organic sheets, surface 

waviness occurs during the processing. The effect of 

various textile parameters on the surface waviness is 

not yet fully described in literature. 

2 State of the Art and Objectives 

Figure 1 shows a unit cell of an organic sheet with 

plain weave fabric reinforcement. In fabric 

reinforced composites there are matrix- and fiber- 

rich regions. The difference in the coefficients of 

thermal expansion (CTE) between matrix and 

reinforcement is typical in the range of one order of 

magnitude and the most important factor for the 

absolute waviness. During the processing stage, 

which includes a cooling step, the inhomogeneous 

fiber-matrix distribution leads to a typical waviness 

pattern on the components surface, which is 

dependent on various material and processing 

factors. The simplified cross-section A-A from 

Figure 1 provides a schematic of the geometry (see 

Fig. 2). The fiber cross-sections have been 

simplified from elliptical to circular shape as it only 

affects the shape but not the overall height of the 

waviness pattern. In real organic sheets there are 

usually matrix top layers of at least a few 

micrometers. Therefore, a surface layer h1 was 

included. The shrinkage ΔdF of the fibers plus 

surface layer and the shrinkage ΔhM of the matrix 

are calculated as follows.  

ThTdd MFF 10

 (1) 

ThThh MMM 10  (2) 

Where d0 and h0 are the height of the roving and the 

matrix, respectively h1 is the height of the surface 

layer, αF and αM are the coefficients of thermal 

expansion for the reinforcement and the matrix and 

ΔT is the maximum temperature difference that 

occurs during processing. 

The maximum waviness is then derived as the 

difference between the two subsystems fiber rich 

region and matrix rich region. 

ThTd

ThThWz

MF

MM

10

10  

(3) 

As the shrinkage of the surface layer occurs in both 

subsystems equation 3 mathematically simplifies to  

TdThWz FM 00
 (4) 

However, it should be noted that equation 4 does not 

consider any other effects e.g. interphase reactions, 

or polymer rheology of surface layers. 

The effect of waviness creation which is commonly 

known as fiber print-through is well known in both 

the scientific and industrial community. Research 

led to various approaches to overcome the fiber 

print-through problem by the application of random 

fiber mats, unidirectional plies, gel coats or by 

combinations of these [3-6]. All of these approaches 

try to cover the underlying waviness.  
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Recent work also indicated a time dependent 

behavior of waviness creation, as aging of carbon 

fiber/epoxy composites in various liquids drastically 

increased waviness values [7]. 

A first theoretical approach to describe the 

phenomenon was introduced by Kia [8].  He set up a 

model for UD-reinforced thermoset materials that 

involves only thermal shrinkage in z-direction. It 

calculates the deformation as an integral of beam 

elements in which the stresses are induced due to 

thermal shrinkage. Blinzler used his approach to 

conduct further studies to evaluate material and 

process parameters on glass fiber-reinforced 

polycarbonate and polyamide organic sheets. The 

use of amorphous polymers reduces the waviness 

compared to semi-crystalline polymers, as there is 

no crystallinity shrinkage present. He additionally 

found out that an increasing stiffness of the surface 

layer improves waviness [10]. Other studies 

confirmed the positive effect of stiff surface layers 

but also found a critical stiffness area between 3-8 

MPa with an increased surface roughness (see Fig. 

3). A possible explanation states that softer materials 

act like a buffer while stiffer materials hinder 

deformation [5].  

The influence of reinforcement architecture on 

surface waviness is not yet fully described. Further 

work of Kia concluded very little influence of single 

filaments with diameters between 10-20 µm on the 

surface structure [9]. Hochhalter et al. measured a 

highly increased roughness when changing the fiber 

diameter from 5 µm to 10 µm [11]. Furthermore, the 

type of reinforcement, whether it is made of glass, 

carbon or a different material, was found to have no 

influence on surface texture [10].   

Most publications found deal with thermoset 

materials and describe possible solutions to decrease 

surface waviness by covering underlying waviness 

structures. There is little and sometimes not 

consistent data available on the effects of specific 

textile reinforcement parameters.  

The scope of the paper is a quantitative study on the 

effect of specific textile parameters and laminate 

build-ups on the resulting surface quality of 

processed organic sheets.  

14 different metal fabrics with variations in mesh 

size and fiber diameter are selected to evaluate a 

wide scale in the selected textile parameters. The use 

of metal fibers includes isotropic material properties 

and very constant and distinct fabric properties.  

Furthermore, the thickness of the polymeric top 

layer is varied to evaluate the effect of local matrix 

culminations.   

2 Experimental details 

2.1 Materials and preparation 

As matrix material an amorphous polycarbonate 

Makrolon
®
 2408 with one wt.-% carbon nanotubes is 

used. The nanotubes are used to blacken the 

otherwise transparent polycarbonate, which allows a 

better optical characterization. Previous trials 

showed no influence of the nanotubes on the optical 

properties of the composites. The material is 

supplied as films with a thickness of 100 µm. 

The used reinforcement is a set of steel wire meshes 

supplied by Weisse & Eschrich GmbH & Co. KG 

(see table 1). Other than filament yarns based on 

glass or carbon fibers for instance a metal mesh 

allows a very specific set of properties like fiber 

diameter and mesh size (see Fig. 4). During 

processing no change in the shape of the circular 

cross-section is visible as well as no in-plane wire 

movement. The fiber diameter varies from 25 µm up 

to 630 µm, while the mesh size varies from 25 µm 

up to 1000 µm.  

The materials are processed into organic sheets 

using a variothermic tool in a small scale static lab 

press. The diameter of the specimens is 50 mm. 

Therefore, reinforcement and matrix are cut into 

circular parts with a 50 mm diameter. The laminate 

stack is build up using one reinforcement layer to 

prevent any influence of multi-layer effects like 

nesting for example. The amount of matrix needed is 

calculated in terms of a most constant surface layer 

thickness. Figure 5 shows the base materials and the 

principal laminate stack and the positioning within 

the tool.  

The process cycle is shown in figure 6. According to 

pre-trials the maximum temperature is set to 240 °C, 

which is 90 °C above the glass transition 

temperature of polycarbonate. The holding time at 

maximum temperature is 10 s. The pressure is 

linearly increased to 15 bar at maximum temperature 

and kept constant until the end of the manufacturing 

cycle. During the cooling stage a second holding 

temperature is set at 160 °C to allow relaxation 

processes within the system to reduce the overall 

internal stresses. From 160 °C to 25 °C the cooling 

rate is set to 67 °C/min.    
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Compared to standard organic sheets with filament 

yarn reinforcements the maximum temperature and 

holding time are set to low values. However, due to 

the lack of a micro-impregnation the metal fiber 

meshes are fully impregnated and there are no voids 

visible (see Fig. 7). 

2.2 Characterization 

The manufactured organic sheets were optically 

characterized by cross sectional light microscopy 

images to verify the impregnation quality and matrix 

surface layer thickness and white light profilometry 

to measure the surface waviness.  Specimens were 

cut from two different positions on the laminate (see 

Fig. 8) to evaluate variations in surface layer 

thickness over diameter. Such variations may occur 

due to slightly uneven metal meshes and the 

possibility of tilted meshes during the manufacturing 

as the meshes are not fixed in z-direction. Specimens 

for light microscopy images were grinded and 

polished. The images are made using a Leica 

Aristoplan
®
 with an attached CCD-camera.  

To analyze the waviness white light profilometry 

measurements are conducted with a white light 

interferometer from FRT GmbH. Each specimen is 

measured two times on top and bottom side. To 

achieve constant statistical information the surface 

to be measured is set to 10 periods/meshes. 

Therefore, the overall measured area varies between 

the different laminates, but the more important 

waviness statistic is kept constant. To analyze 

waviness the collected data have to be divided into 

different characteristic regions, namely roughness 

and waviness. The characterization is done using 

FRT MarkIII
®
 software from FRT GmbH. DIN EN 

ISO 4287 describes the waviness region in between 

the parameters λc and λf (see Fig. 9). The current 

FRT MarkIII software is only able to set a value for 

λc. The use of fabrics makes it possible to set a very 

distinct value for λc as we are dealing with very 

regular structures. Based on the simplified schematic 

drawing in Figure 2, one can calculate the 

wavelength λc as 

wrc 2  (5) 

where r is the fiber radius and w is the width 

between two fibers (see Fig.10). 

To evaluate the surface quality the most important 

waviness value is the maximum waviness Wz. It 

describes the maximum distance between a profile 

valley and a profile tip within a certain measurement 

distance. To calculate the maximum waviness Wz 

the measured area is divided into five equal areas. 

Then the mean value sWz is calculated according to 

equation 6. 

5

1

)(
5

1
)(

i

iWzDINsWz  
(6) 

The division into 5 parts is explained historically, 

where only line scans were performed. The 

disadvantage when scanning areas is a preferred 

orientation (compare Fig. 12). Recent developments 

improve the waviness analysis by dividing the area 

into 25 equal areas. Any calculation induced 

anisotropic effects are eliminated. Equation 1 

changes to 

5

1

5

1

),(
25

1
25

i j

jiWzsWz  
(7) 

The maximum waviness Wz used in this paper is 

based on the sWz25 values.  

3 Results    

The calculation of maximum waviness with FRT 

MarkIII software is very sensitive to the critical 

wavelength λc and should ideally be set to the 

calculated value from equation 5. However, if the 

reinforcement geometry changes during processing 

smaller meshes would not be integrated in the 

waviness calculation. Figure 12 compares the 

influence of different λc values on the maximum 

waviness over fiber diameter for 9 fabric 

combinations. It can be seen that small differences in 

waviness values can be measured with variation of 

λc. The very regular and narrow mesh sizes did not 

change during manufacturing of the laminates. 

However, smaller critical wavelength values lead to 

slightly increased waviness values. To include minor 

changes in reinforcement geometry all further 

experiments were evaluated with the smaller critical 

wavelength 0.9 * λc. 

3.1 Textile parameters vs. surface waviness    

One of the characteristic fabric parameters is the 

mesh size. To evaluate the influence of the mesh 

size on the waviness three pairs of fabrics with 

constant fiber diameter but varying mesh size were 
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characterized. It could be found that mesh size does 

not significantly influence the waviness creation (see 

Fig. 13). According to Kia the distance between 

rovings or fibers does not alter the amplitude of the 

waviness, which correspond to the maximum 

waviness, but only the wavelength of the 

characteristic surface texture [8]. It should be also 

kept in mind that the use of steel fibers leads to a 

very poor interphase, which is not capable of 

constraining the waviness creation due to internal 

interphase stresses.  

According to equation 4 the maximum waviness 

corresponds directly to an increasing fiber diameter. 

To evaluate the influence of varying fiber diameters 

on the waviness four different fabrics with fiber 

diameters ranging from 110 to 250 µm were 

processed into organic sheets. All other laminate 

parameters like mesh size and surface layer 

thickness where kept constant. Figure 14 shows the 

maximum waviness over fiber diameter. With 

increasing fiber diameter the waviness values 

increase, as the total volume and height of matrix in 

the matrix rich regions is increasing.  

3.2 Influence of polymer rheology on surface 

topology    

Additionally, the theoretical maximum waviness 

over the whole temperature range ΔT = 215 K is 

calculated taking into account the temperature 

induced shrinkage of the matrix as well as the steel 

fibers. The CTE of steel does not change within the 

used temperature range, while polycarbonate 

drastically changes its CTE around the glass 

transition temperature (Tg). Therefore, the 

calculations used two CTEs for PC, one below Tg 

and one above Tg [1]. When compared to the 

theoretical values for the whole temperature range 

the measured waviness values are much lower (see 

Fig. 15 and 16).  

The hypothesis to explain this phenomenon is found 

in the rheological behavior of the polymer melt. As 

the press forces are applied perpendicular to the 

laminate surface the profile tips absorb most of the 

pressure. It is assumed that above Tg the matrix 

viscosity is able to reduce internal stress by volume 

flow towards the profile valleys and therefore 

compensating the waviness (see Fig. 17). The 

comparison between measured maximum waviness 

and theoretical waviness for the temperature range 

from Tg to room temperature is in good compliance 

and supports the described theory. The deviation for 

the smallest mesh with a mesh and fiber diameter of 

25 µm is explained by the resolution maximum of 

the white light profilometer, which is in the range of 

300 nm (compare Fig. 18). 

3.3 Influence of laminate build-up 

In previous work the positive effect of increasing 

surface layer thicknesses on the waviness was 

simulated [1]. To evaluate the effect experiments 

with varying surface layer thickness were conducted. 

Figure 19 shows a decreasing waviness with 

increasing layer thickness. The results also support 

the theory of decreasing waviness during 

thermoforming due to compensating matrix flow 

above the glass transition temperature. According to 

the proposed theory a minimum surface layer 

thickness is necessary to allow compensating 

volume flow. 

4 Summary 

The paper deals with the topic of surface 

development during variothermic thermoforming of 

thermoplastic continuous fiber-reinforced 

composites. It comprises the influence of fiber 

diameter and mesh size as textile parameters on the 

maximum waviness and compares the measurements 

to theoretical waviness values. Within the 

characterized material systems the mesh size has no 

significant influences on the maximum waviness. 

With an increasing fiber diameter the maximum 

waviness increases. Experimental waviness values 

are compared to theoretical waviness values. As a 

result, a theory including the specific thermo-

rheological properties of thermoplastics during 

thermoforming is proposed. Additionally, it is 

shown that an increasing surface layer thickness 

reduces the maximum waviness. Future work will 

focus on the development of a simulation tool that is 

capable of modeling polymer flow during 

thermoforming simulation. 
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Figure 1: Schematic drawing of waviness creation 

during processing 
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Figure 2: Simplified cross section A-A from 

Figure 1 with surface layer h1 

 

Figure 3: Surface roughness Rt against the 

stiffness of surface polymer layer [5] 

 

Figure 4: Characteristic fabric properties yarn 

diameter d and mesh size w 

 

 

 

 

Figure 5: Base materials and tool for organic 

sheet manufacturing (upper part) and schematic 

laminate build up 
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Figure 6: Press program for specimen 

manufacturing 

 

Figure 7: Cross-sectional images of two 

specimens with fully impregnated reinforcement 

structure 

 

Figure 8: Positions from which the specimens 

were prepared of 

 

Figure 9: Classification of wavelength regions 

into roughness (1) and waviness (2) [2] 

 

 

Figure 10: The radius r and the spacing w 

between two rovings set the critical wavelength λc 

for waviness characterization 

 

 

Figure 11: Comparison of maximum waviness 

characterization with Wz and Wz25 
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Figure 12: Maximum waviness over fiber 

diameter with various minimum wavelengths Lc 

 
Figure 13: Influence of different mesh sizes on 

maximum waviness  

 

Figure 6: Maximum waviness over fiber 

diameter. An increasing fiber diameter leads to 

increased waviness 

 

Figure 7: Comparison between theoretical and 

measured maximum waviness over fiber 

diameter 

 

Figure 8: Comparison between theoretical and 

measured maximum waviness over fiber 

diameter 
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Figure 9: Comparison of classic model and the 

proposed model including polymer flow above Tg 

 

 

Figure 10: Surface topology obtained from white 

light profilometry measurements. Resolution 

maximum reached for the finest mesh size. 

 

Figure 11: Maximum waviness over surface layer 

thickness. Increasing layer thickness decreases 

maximum waviness values. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. Introduction  

Residual stresses in fibre composite parts may 

arise from their manufacturing process and the 

resultant stress distribution may lead to 

premature failure of the part.    

Residual stresses may develop during the curing 

process and models to predict these stresses 

have been matured during the past three decades. 

Some of the first to attempt to model the curing 

process of fibre composites were Hahn et al. [1, 

2]. Years later Bogetti [3] and White et al. [4, 5] 

followed with more advanced models. These 

models included degree of conversion together 

with temperature dependent material properties 

which makes these models a coupling of several 

physical phenomena; structural, thermal, and 

chemical reaction. Filiou et al. [6] applied the 

Raman spectroscopy technique to assess the 

residual stress level in a carbon/PEEK 

composite. Recently, Zhao et al. [7] adopted a 

micro-mechanical approach to study the residual 

stresses and found that the residual stresses 

greatly affect the shear failure strength. Ruiz et 

al. [8] conducted an extensive material 

characterisation to generate material models 

which were used to predict stresses in a RTM 

part. Incremental hole drilling was adopted by 

Sicot et al. [9] to investigate the residual stress 

state in a composite laminate 

 

The topic of this paper relates to residual the 

stress state in a glass/epoxy composite by 

measuring the released strains as a through the 

thickness hole is drilled. The influences from a 

few boundary conditions are examined and to 

accommodate one of the boundary conditions a 

new residual strain specimen is proposed. To 

assess the residual stresses, the hole drilling 

method is applied together with Digital Image 

Correlation (DIC) to capture the released strains. 

The purpose of this new type of residual strain 

specimen is for model validation only. 

 

2. Method 

Different specimens are fabricated of Chopped 

Strand Mat (CSM) E-glass fibres together with 

an Epoxy matrix. For comparison, a neat Epoxy 

specimen is made. Extensive details of 

specimen configurations are given below. 

 

Neat Epoxy specimen (config-1). 

The specimen is used as a clarification specimen 

and will be used to evaluate the suitability of the 

DIC method for this study. The residual stresses 

are in addition assessed with photo elasticity. 

The specimen has the disc shape with a 

thickness of 2.4mm and a diameter of 60mm. 

The specimen was made in a silicon mould to 

minimize boundary restriction as the specimen 

cures. 

 

CSM E-glass/Epoxy specimen (config-2). 

The specimen is cured at room temperature to 

avoid the effect from the different thermal 

expansion coefficients between fibre and the 

epoxy matrix during heating or cooling of the 

material. Moreover the edge of the specimen is 

free to contract as a consequence of the 

RESIDUAL STRAIN MEASUREMENTS OF GLASS/EPOXY 

COMPOSITE LAMINATE USING A NEW TYPE OF SPECIMEN 

DESIGN 
 

J. Jakobsen
1
*, J. H. Andreasen

1
, O. T. Thomsen

2,1
 

1
 Dept. Mechanical and Manufacturing Engineering, Aalborg University, Aalborg, DK 

2
 Faculty of Engineering and Environment, University of Southampton, Southampton, UK. 

* Corresponding author (joj@m-tech.aau.dk) 

 

Keywords: Residual stresses, Digital Image Correlation, Hole drilling Method. 

ICCM19 5123

mailto:joj@m-tech.aau.dk


chemical shrinkage. The specimen was made as 

flat laminate with a thickness of 1.5mm and cut 

to dimensions of 100x100mm and. 

 

CSM E-glass/Epoxy/Steel ring specimen 

(config-3). 

To impose a nearly fixed boundary condition 

onto this specimen configuration, a thin steel 

plate with a 50mm hole in the centre was 

included in the lamina stacking (cf. Figure-1). 

The thickness of the steel plate is 1mm and the 

total thickness of the specimen is 2.1mm. When 

the epoxy resin gels it will introduce a chemical 

bond between the glass reinforcement and the 

steel plate and this will result in residual stress 

build-up during the curing process. An 

isothermal curing at 120C for three hours 

followed by a cooling to room temperature 

(20C) was chosen to cure the specimen. This led 

to a fully cured laminate which includes a resin 

gelation temperature at 120C which introduces 

tension stresses in the centre region. In addition 

chemical shrinkage will contribute to tension 

stresses in this region of the specimen.    

 

 

 

Figure 1. Proposed residual stress specimen. 

 

The proposed residual stress specimen (config-

3) utilizes a steel plate with a 50mm diameter 

hole creating a centre region. The steel plate is 

placed between two mats of CSM E-glass. 

Owing to a relatively low thermal expansion 

coefficient and high stiffness compared to 

epoxy, the steel washer creates a nearly fixed 

boundary condition for the central region of the 

specimen (see Figure 1).  

 

The specimen configurations-2 and -3 are both 

made with vacuum infusion. 

To evaluate the residual stresses in the 

specimens, DIC is used to obtain the released 

strain field after a 5mm hole has been drilled in 

the center of the specimen . 

The Aramis®  DIC-system from Gom was used 

in a single camera setup to obtain the in-plane 

deformation and strain field. The DIC 

measuring settings are listed in Table-1.  

 

Table 1. DIC setting are given in the table. 

Technique Used Mono image 

correlation 

   Subset size 30x30 pixel 

   Shift 25 pixel (17% 

overlap) 

Camera 8 bit, 2048 x 2048 

ARAMIS 4M system 

Field of view 37 x 37 mm 

Measurement points 81 x 81 

Displacement  

   Spatial resolution 0.457 mm / 25 pixel 

   Resolution 0.1 m / 0.005 pixel 

Strain 

   Calculation method 

 

Numerical 

(3x3 subsets) 

   Smoothing method No Smoothing 

   Spatial resolution 1.37mm 

   Resolution 55 m/m 

 

A single camera setup was used to track the in-

plane deformations since any out of plane 

deformations were assumed negligible. A subset 

size of 30x30 pixels with a shift of 17% was 

used to capture the strain gradients in vicinity of 
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the hole of config-3. Smaller subset sizes were 

tested but it introduced additional noise and a 

larger facet size had difficulties in capturing the 

strain gradients near the hole. The strain field 

was calculated based on a 3x3 subset grid which 

is the best available choice in the Aramis® 

software to capture strain gradients. The noise 

was determined as a single standard deviation 

between two images before the hole was drilled 

(or two images after the hole was drilled). The 

noise is used to indicate what accuracy that 

could be expected from the measurements. 

 

3. Theory 

An elastic solution for specimen (config-3) of 

the stress and strain field may be derived 

analytically or numerically. However in either 

way the form of the released strain field is 

presented in a simplified form in Eq-1. 

 

             
            

             
            

(1) 

 

where (A) is coefficient which depend on the 

elastic constants; Young’s Modulus and Poisson 

Ratio and moreover the imposed stress or strain 

field. 

 

Figure 2. The elastic solution of specimen (config-3) is 

plotted and the strain release is symmetric with respect to 

the x- and y-coordinate axis. 

 

The strain release in vicinity of the hole is 

captured with DIC and the measurements are 

presented in the following section. 

 

4. Experimental Results 

Drilling the hole in the three specimen 

configurations was done in a drill press at low 

rotational speed to secure good drill conditions 

and to avoid heating of specimens. Drilling in 

fibre composite material may be challenging 

and a sharp drill is preferred to avoid fibre 

rupture (cf. Figure-3) which may lead to faulty 

measurements of the displacement field and 

further determine the strains in vicinity of the 

hole. 

 

 

Figure 3. The quality of the drilled hole is important for 

the validity of the DIC data. A common source of error is 

fibre rupture, which may lead to faulty interpretation of 

the data. 

 

The released strain field for specimen of config-

3 is shown in Figure-4 and similar to Figure-2 it 

can be seen that the strains decay with distance 

from the edge of the hole. However a slight 

asymmetry of the strain field is seen even 

though the CSM Glass/Epoxy material should 

yield isotropic properties which should show a 

symmetric strain field. The measured 

asymmetry in the strain field was not expected 

but a proposed hypothesis is a slight anisotropic 

material behaviour at the length scale of a 

couple of hole diameters. The data presented in 

Figure-4 has been subjected to 3x3-averaging 

filter to smooth out noise. The remaining data 
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presented in the paper have not been subjected 

to any filtering. 

 

Figure 4 DIC strain release due to the drilled hole for the 

composite specimen of config-3. 3x3-averaging filter is 

used in this figure. 

 

The neat epoxy specimen (config-1) yielded no 

strain gradient in vicinity of the hole (cf. Figure-

5) which indicates that no residual stresses were 

present in the material as expected. 

 

Figure 5. The normal strains obtained from DIC 

measurements along the x-axis and y-axis for the neat 

epoxy specimen (config-1). 

 

The transparent nature of the neat epoxy further 

made it possible to use its photoelastic 

properties and it was verified that the material 

was stress free after the hole was drilled.  

 

The strain data along the x- and y-axis for the 

specimen of config-2 is presented in Figure-6. It 

is similar to the results presented for config-1 

seen that no significant strain gradients exist 

near the hole. This was also expected since the 

residual stresses in the specimen was minimised 

when its boundary was not restricted, leaving 

the specimen to deform freely. In Figure-6 it is 

however seen that for a positive coordinate a 

very localised strain gradient is observed for 

εyy(x,y=0) and εyy(x=0,y). This strain gradient is 

not believed to be associated with residual 

stresses in the material from its manufacturing 

process but a consequence of a localised heating 

of the material during the drilling process.   

 

 

Figure 6. The normal strains obtained from DIC 

measurements along the x-axis and y-axis for the neat 

epoxy specimen (config-2). 

 

The data in Figure-6 seems slightly more spread 

compared to the data in Figure-5. This could 

possibly be due to the difference in material but 

considering the data measured for config-3 (cf. 

Figure-7) which is less spread, the material 

difference between config-1 and config-2 does 

not explain this spread. The spread is however 

believed to be related to the discrepancy in the 

quality of speckle pattern. The pattern of config-
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2 was dominated by white areas compared to 

config-1. Ideally the speckle pattern should be 

equally mixed between black and white to 

create unique pattern within each facet. A 

dominated white or black speckle pattern will 

decrease the uniqueness of the pattern in a facet 

and noise in the measurements could be a 

consequence of this. A solution could be to 

increase the facet size but this will again reduce 

the spatial resolution. 

 

For the proposed specimen (config-3) a residual 

stress state is present and a strain release is 

measured after the hole has been drilled (cf. 

Figure-7).  

 

Figure 7. The normal strains obtained from DIC 

measurements along the x-axis and y-axis for the neat 

epoxy specimen (config-3). 

 

It is seen that both positive and negative strain 

gradients in the vicinity of the hole are present. 

The strain gradients are not completely 

symmetric around zero and this is proposed to 

be caused by slight locally anisotropic material 

behaviour. 

 

The slight asymmetry in the measurements will 

lead to different residual stress prediction. It is 

in the following illustrated how the released 

strains εxx(x>0,y=0) may be used as an example 

to predict the residual stress state prior to the 

hole drilling. The strain data for the remaining 

strain components can follow similar approach 

to make stress predictions. 

 

The strain data of εxx(x>0,y=0) is used to fit the 

parameter A in Eq-1. This was done in Matlab® 

and a R
2
 value of 0.922 indicates that a 

reasonable fit to the data was achieved with the 

elastic model of Eq-1 (cf. Figure-8).  

 

 

Figure 8. The elastic solution from Eq-1 may be fitted to 

the DIC data. The plot only shows the εxx(x>0,y=0). 

 

Having the model parameter (A) determined a 

relation between (A) and the residual stress state 

prior to the hole drilling has to be established. 

 

5. Residual Stress Prediction 

The relation was made numerically using the 

FEA software packages Comsol-Multiphysics®. 

The FEA model was setup with material 

properties which previously have been 

measured for the material constituents. 

 

A sweep of a number of imposed biaxial stress 

states were analysed for the strain release and 

converted to the parameter (A) which establish 

the relation between (A) and the biaxial stress 

state (σ0) (cf. Figure-9).  
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Figure 9. A relation between the factor (A) and the biaxial 

stress state is established using FEA.The previously 

determined factor (A) predicts a residual biaxial stress of 

12MPa. 

 

Typical values for the uniaxial tension strength 

for a CSM Glass/Epoxy material have 

previously been reported in literature to around 

120MPa. The biaxial tension strength of the 

material is by several failure theories predicted 

to be equal to the uniaxial tension strength or 

even higher. This will make the influence from 

the residual stress level less significant to a 

given biaxial loading of the material. However 

the influence the residual stress state on the 

fatigue behaviour still remains an open question. 

 

Conclusion 

A new residual stress type specimen 

configuration for composite material have been 

proposed and tested. The objective of the 

specimen is a future model validation of 

residual stress predictions in composite material 

due to different curing cycle scenarios. 

 

In addition to the proposed residual stress 

specimen two additional specimens were tested 

for the strain release after a hole has been 

drilled. Two additional specimens showed that 

no residual stresses were present in the material, 

when the fixed boundary condition was not 

present. This confirms that the residual strains 

measured are due to curing contraction. All 

strain release measurements were performed 

using DIC. The DIC technique further 

confirmed that it can be used to measure the 

strain release in combination with the hole-

drilling method to assess the residual stress in 

the material studied. 

 

The proposed residual stress specimen 

confirmed that stresses were present in the 

material due to the curing process only and 

these were quantified by measuring the strain 

release in vicinity of the hole together with a 

calibration curve established from an elastic 

solution generated in the FEA software 

packages Comsol-multifhysics®. The residual 

stress state were further determined to 12MPa.  
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Abstract  

Most existing computational approaches are 

restrictive in their predictive capabilities by using 

non-representative virtual geometric domains 

(RVEs) of test materials. The strategy proposed here 

relaxes these restrictions by utilizing statistically 

representative 3D RVEs with appropriate boundary 

conditions and a robust homogenization 

implementation based on a micromechanical 

modelling philosophy. The strategy was 

implemented as a self-consistent, rigorous, virtual 

testing framework analogous to a physical 

experimental testing scheme. The strategy proposed 

in this work was shown to give a holistic set of 

elastic properties of the test composites considered 

when compared with other predictive approaches. 

Also, parametric studies were carried out to explore 

the different features of the virtual framework. 

Therefore, this virtual test-bed strategy represents a 

suitable substitute for realistic experiments and can 

be used in designing different virtual experiments. 
 

1. Introduction 
 

A prerequisite for any virtual testing scheme is 

the generation of appropriate virtual geometric 

domains, which are inherently characteristic of the 

test composites under investigation. Such domains 

are commonly described as representative volume 

elements (RVEs). Numerical algorithms used to 

generate these RVEs for composite materials assume 

either deterministic (i.e. Square or Hexagonal) or 

random spatial configurations of reinforcements 

within the matrix medium. Using a combined 

numerical-statistical method, Trias and co-workers 

[1] showed that the difference in predicted effective 

Young’s modulus and Poisson’s ratio between both 

assumptions, for the material they considered, was 

12% and 2% respectively. Furthermore, the authors 

established that deterministic models significantly 

underestimated damage initiation variables. Hence, 

RVEs with random spatial configurations of 

reinforcements are crucial for accurate numerical 

analyses. 

Moreover, most existing virtual testing schemes 

for unidirectional (UD) composites often 

approximate 3D problems with 2D models. This is 

generally motivated by the need to simplify models 

to ensure less computational demands. However, 

such models are limited in their predictive capacity. 

For example, such models often predict only four, 

out of five independent, elastic constants i.e. E22, E33, 

G23 and v23 (with the 1-axis representing the fibre-

axis); and E11  is usually obtained from crude 

estimates based on the rule of mixtures [2]. 

Comparative analyses of 2D and 3D model 

predictions of de-bonding in composite skin-

stiffened panels showed appreciable differences 

between predictions using both methods [3]. The 

authors concluded that whilst 2D approximations are 

less computationally demanding, they should only 

be used qualitatively and 3D RVEs should be 

deployed when accurate quantitative predictions are 

required. 

A seminal work adopting 3D RVEs to predict 

the effective elastic properties of UD composites is 

that of Sun and Vaidya [4]. However, the authors 

utilised deterministic arrangements of 

reinforcements within generated RVEs, although, 

their predictions agreed quite well with experimental 

data. Nevertheless, their methodology for imposing 

periodic boundary conditions (PBCs) made 

restrictive assumptions about the deformation of the 

test composite along the fibre axis. This approach 

requires a priori knowledge of the material response 

along the fibre axis, which violates the fundamental 

principle of developing a virtual testing framework 

devoid of overly restrictive assumptions about the 

constitutive response of test materials. 

Recently, Melro and associates [5] statistically 

investigated the influence of several different 

geometric parameters on the effective elastic 

response of UD composites. Their work was based 

on 3D RVEs with a random spatial arrangement of 

fibres along the transverse direction of the RVE, 

prescribed with PBCs. The geometric parameters 

considered were the fibre radius, dimensions of the 

RVE, and minimum distance between neighbouring 

fibres within the RVEs. The authors postulated that 

utilizing 3D RVEs with a random spatial 

configuration of fibres, in conjunction with a system 

of imposing PBCs, and numerically/statistically 

determining the effect of certain geometric 

parameters, constitutes a road-map for performing 
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high-fidelity micromechanical computational 

analysis on UD composites. 

Therefore, in lieu of the foregoing thesis 

presented by several authors, this communication 

presents a robust virtual framework based on 3D 

RVEs, capable of accurately predicting the holistic 

elastic response of UD composites. The 

methodology presented here is based solely on 

knowledge of the properties of constituent phases 

(i.e. fibre/matrix) comprising the test material. Most 

importantly, there were no assumptions regarding a 

prior knowledge of material constitutive response in 

any material test direction. 

In the following sections, details of the proposed 

virtual framework are espoused. 
 

2. The virtual test-bed 

The proposed virtual test-bed comprises a multi-

step implementation process ranging from the 

development/isolation of appropriate RVEs of test 

materials, to the determination of their effective 

elastic properties. Fig. 1 shows a schematic rendition 

of the key component steps within the test-bed. 
 

2.1. Generation of virtual geometric domains 

(RVEs) 

Micromechanical analyses of materials mandates 

the determination of well-defined RVEs [6]. An 

intrinsic feature of manufactured composites is the 

presence of an interphase region between the fibres 

and matrix. However, for the purpose of this study, 

perfect bonding between the fibres and the matrix 

was assumed. 
 

2.1.1. Virtual 2D geometric modelling 

In this study, a geometric modelling algorithm, 

Monte Carlo RVE Generator (MCRVEGen), was 

developed to automate the generation of virtual 

domains for composites with pseudo-randomly 

positioned inclusions. The MCRVEGen algorithm 

was developed based on expositions from the Hard-

Core Model [7]. Essentially, the MCRVEGen 

algorithm iteratively populates a pre-defined 2D 

virtual domain, which represents the cross-section of 

a given UD test material, with randomly positioned 

non-intersecting circles, representing the reinforcing 

fibres, until a required volume fraction is attained. 

The MCRVEGen algorithm comprises two principal 

modules: (i) the Hard-Core Model module, and (ii) 

the application of periodicity of material constraints 

module. 
 

 

Fig. 1. Schematic of the multi-step implementation of the 

virtual test-bed. 

 

2.1.2. Preventing fibre overlap within virtual 

domain 

Pseudo-randomly positioned inclusions within a 

virtual domain are liable to intersections; hence, the 

need for a strategy to prevent such non-physical 

phenomenon.  

Consider Fig. 2 which shows a schematic of the 

cross-section of a typical RVE domain with 

randomly positioned inclusions. The coordinates of 

the origin of this domain is defined as 

             ; likewise, a point diagonal to the 

origin is defined as              , where      and 

     represent the width and height of the RVE 

domain respectively. Also, assume there exists an i-

th fibre within this domain, with coordinates defined 

as         and a diameter,   . If the distance between 

this fibre and any other fibre within this domain is 

designated as   , where            ,this fibre 

may be considered to overlap, if and only if, 

     . The distance    is evaluated based on 

equation 1. 
 

    √(     )
  (     )

   
 

  (1) 

The MCRVEGen algorithm enforces the 

condition,        ; where   represents a scalar 

coefficient with the following condition:    . 

Within the context of this study, the authors 
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3  

enforced     to avoid fibre contiguity within the 

virtual domain. 

 

Fig. 2.  Methodology for preventing fibre intersections 

within virtual domain. 

 

2.1.3. Periodicity of material constraint 

Periodicity of material constraints require the 

complementary fraction of boundary penetrating 

inclusions to reappear on the corresponding side of 

the RVE. This condition is mandatory in order to 

ensure stress continuity across the boundaries of the 

RVE; thereby, precluding wall-effects [6]. Hence, in 

developing MCRVEGen, an approach for detecting 

and eliminating wall-effects was developed. 

Again, consider Fig. 3 which depicts an RVE 

enforced with the periodicity of material constraints. 

Here, the coordinates and dimensions of the RVE 

and fibres retain their previous definitions used 

earlier within this paper (i.e.               etc.). 

Assuming an i-th boundary penetrating fibre exists 

within the window, three distinct categories of 

boundary penetration for this fibre are possible: X-

axis, Y-axis and corner/vertex categories 

respectively. An i-th boundary penetrating fibre is 

said to satisfy any of these categories if either of the 

following expressions is satisfied. 
 

(a) |        |        or |        |        

for X-axis boundary penetrating fibres, 

(b) |        |        or |        |        

for Y-axis boundary penetrating fibres  

(c) |        |        and |        |        

for boundary fibres close to the origin of the 

virtual domain; |        |        and 
|        |        for boundary fibres close 

to the diagonal of the origin or the RVE.  
 

The preceding arguments defining boundary fibre 

penetration can be extended to the other vertices 

of the RVE domain. 
 

2.1.4. Spatial characterization of generated RVEs 

Having developed a scheme for generating 2D 

virtual domains, it becomes imperative to assess the 

‘appropriateness’ of these domains in describing 

actual test materials. Two important criteria are 

generally used in performing this assessment: (a) the 

thermo-mechanical conformations of the RVEs, and 

(b) the spatial distributions of inclusions within the 

RVE. The latter is accomplished by using 

appropriate statistical spatial descriptors which 

include, Voronoi polygon areas, neighbouring fibre 

distances, nearest neighbour distances, nearest 

neighbour orientations, Ripley’s K function and Pair 

distribution functions [8]. In this study, the nearest 

neighbour distance was adopted. This statistic was 

obtained using a Probability Density Function (PDF) 

of proximity interactions between a given fibre and 

its nearest neighbours. This statistical measure is 

particularly sensitive to point (reinforcement) 

agglomeration within any given domain; therefore, it 

is imperative that this characteristic be reproduced 

faithfully as particle agglomeration can be a 

precursor to damage initiation sites [1]. A digitized 

micrograph was created from a random regional 

sample of a typical glass-fibre UD reinforced 

polypropylene, Plytron™. The statistical descriptor 

of this digitized sample was compared against 

several RVEs generated using MCRVEGen as shown 

in Fig. 5. The results show the MCRVEGen RVEs 

are representative of typical samples of UD 

composites. Fig.4 shows typical RVEs generated 

using the MCRVEGen algorithm. 

 

2.1.5. Generation of 3D virtual domains 

3D RVEs were obtained by extruding 

MCRVEGen-based 2D RVEs within ABAQUS CAE 

software. Data from MCRVEGen were supplied to 

ABAQUS using a dedicated Python script for this 

purpose. 
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Fig. 3. Representative approach for enforcing the 

periodicity of material constraints; the circles in dashed 

lines represent fibres imposed with the constraints.  

 

Fig. 4. Representative 2D RVE domains with       and 

fibre diameter     : (a) dimension             (b) 

dimension            .          . 
 

2.2. Boundary Conditions 

Periodic boundary conditions (PBCs) have been 

shown to provide more accurate predictions when 

compared with Dirichlet and/or Neumann boundary 

conditions [6]. In formulating PBCs for RVEs 

studied in this work, the conclusions of van der Sluis 

and associates [9] originally proposed for 2D RVEs 

have been extended to 3D RVEs here. 
 

2.2.1. Definition of 3D virtual domain 
 

Given a 3D RVE in real space,   , with a 

periodic microstructure, let      represent the 

boundary domain within which the reinforcement 

and matrix constituents are enclosed as shown in 

Fig. 6. This domain is cubical of typical dimensions, 

a. The domain      comprises six surfaces such 

that any two surfaces (for example XPOS and XNEG) 

are always parallel to one another in the x-, y- or z-

axes. The XPOS surface represents the yz-plane 

located at the maximum x-axis cubic dimension (i.e. 

x=a) while its corresponding XNEG surface is located 

at the minimum x-axis cubic dimension (i.e. x=0). 

Each of these surfaces is made up of nodes; hence, 

for nodes on the XPOS surface, they are described as: 

XPOSNodes. Similar definitions apply for the remaining 

five faces. Also for the given domain, edge nodes 

are identified as the set of nodes shared by two 

intersecting surfaces. If the set of nodes for a given 

surface is defined as Snp where n = X, Y, Z (the 

reference frames) and p = [POS, NEG] – a 

collection of all positive or negative faces per given 

axes; then the set of surface nodes for the 3D 

domain is defined as given in equation 2. 
 

 

2.2.2. Formulation of 3D PBC 

In enforcing PBCs for the 3D RVE 

domain,     , all six surfaces and twelve edges of 

the domain were constrained to undergo 

synchronous deformation. This condition is satisfied 

when any pair of surfaces (e.g. SXPOS and SXNEG) is 

kinematically tied. In this study, the formulations for 

2D domains proposed by Kouznetsova and 

associates [10] have been extended  to 3D domains. 

Consider Fig.6, which shows a typical 3D RVE 

domain,     . Let the position vector of any surface 

node in this domain be  
 

   
where Snp retains its 

previous definition and i=1,…,N where N=total 

number of nodes per surface. Alternatively, let the 

position vector for any corner node be     where 

the corner node number j = 1,2,…,8. Four reference 

nodes are isolated: N1, N2, N3 and N4 which are 

called retained nodes which will be used to 

prescribe the required boundary conditions to 

replicate a desired load case. The remaining corner 

nodes: N5 to N8 and surfaces: ( 
 

       
 

       
 

     ) 

are called tied, slave or dependent nodes and 

surfaces respectively. The tied entities are slaves to 

any displacement or loading on the retained nodes. 

Therefore, the mathematical formulations that 

prescribe periodic deformation on all nodes 

bounding      are:  
 

 
 

       
 

        
     

     (3a) 

 
 

       
 

        
     

     (3b) 

 
 

       
 

        
     

     (3c) 
 

 

In imposing PBC, it is necessary that 

equilibrium of stresses is satisfied at opposite 
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edges/surfaces of a given RVE domain [9], [10]. 

 

Fig. 5. A comparison of spatial descriptors between a 

digitized micrograph and numerically derived virtual 

domains :(a) digitized micrograph from 

Plytron™ (                     )  (b) typical 

comparable RVE generated by MCRVEGen and (c) 

comparison of PDFs between the digitized micrograph 

and four MCRVEGen-generated RVEs. 

 

Fig. 6. A typical 3D RVE of a UD reinforced composite 

showing 8 vertex nodes (N1 to N8) and three labelled 

surfaces (XNEG, YNEG & ZNEG). The vertices with unfilled 

circles indicate four retained nodes (N1 to N4) whilst the 

ones with filled circles are 4 slave nodes (N5 to N6). 
 

2.2.3. Definition of load cases for 3D RVE 

As a consequence of the periodic boundary 

condition formulation above, where all nodes 

(except the retained nodes) have been kinematically 

tied, only the retained nodes become the material 

points on which different load cases can be 

prescribed on the 3D RVE domain,     . Therefore, 

specific constraints have to be imposed on the 

retained nodes in order to create uniaxial and/or 

shear load cases. The nodal constraints (on the 

retained nodes) that imposes uniaxial and shear 

loadings are given in Tables 1 & 2.  
 

2.2.4 The 3D periodic boundary condition 

generating algorithm (PBC3DGen) 

In this study, the PBCs were applied as linear 

constraint equations using the *EQUATION 

command in ABAQUS™. The task of applying 

these linear constraints for every pair of nodal sets 

on all six surfaces and edges is enormous, and doing 

so manually is onerous. In response, the authors 

developed an algorithm, PBC3DGen: this is a 3D 

periodic boundary condition generating algorithm 

for creating linear constraints for every nodal pair of 

the RVE.  
 

2.3. Computational homogenization 

Consider as shown in Fig. 7 a typical test 

composite enclosed within a macroscale domain, 

      . Also, assuming statistical homogeneity of 

the test material, a point within        is defined 

such that a 3D microscale RVE of the test composite 

can be isolated and is enclosed in domain,     . Let 

Lmacro and Lrve be the macro and micro lengthscales 

associated with the two domains. It is to be assumed 

that the lengthscale of        is many orders of 

magnitude greater than the lengthscale of     , 

such that 
    

      
   for every chosen 3D RVE. 

Furthermore, if the microscale domain,      is 

imposed with PBCs, the periodically deformed 

domain can be defined as,         , and this is 

equivalent to the 3D domain of Fig. 6. The 

computational homogenization implementation is 

used here to determine the link between the 

identified macro- and micro-fields. 

Let          be subjected to a stress tensor, σ  

at a material point, x within the volume, V enclosed 

by         , the outward flux of the stress field 

through a given surface, Snp of          becomes 

the volume integral of the divergence of the region 

enclosed by this surface. 
 

 
 
  (   )    

 
[          ]    

 
    (5) 

 

Eqn 5 applies when equilibrium of stresses (in the 

absence of body forces) is assumed since       

and         . Re-writing eqn 5 by considering 

the integral over the surface area, A gives: 

       
 
(   )      

           
   (6) 

 

σ is symmetric and surface traction,     
      

. 

Finally, the volume-averaged stress within the 
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periodically deformed RVE domain,         , 
shown in Fig. 7. becomes: 
 

〈 〉  
 

 
      

 

 
        

   (7) 

where 〈 〉  is the volume-averaged stress. Since 

         is deforming periodically, all tractions on 

all surfaces vanish during the volume-averaging 

process leaving only the nodal forces applied to the 

retained nodes, hence:     
   for surface, Snp and  

Table 1. Specific nodal constraints imposed on all four 

retained nodes to create uniaxial deformation along x-, y- 

or z-axes of the 3D RVE domain. 

Node N1 Node N2 Node N3 Node N4 

Uniaxial deformation along x-axis  

        
       

  
     

     

  
     

  
     

     

  
     

  
     

     

Uniaxial deformation along y-axis  

        
     

  
     

     

  
       

  
     

     

  
     

  
     

     

Uniaxial deformation along z-axis  

        
     

  
     

     

  
     

  
     

     

  
       

  
     

     

 

Table 2. Specific nodal constraints imposed on all four 

retained nodes to create simple shear deformation on xy-, 

yz- or xz-planes of the 3D RVE domain.  

Node N1 Node N2 Node N3 Node N4 

Simple shear deformation on xy-plane  

        
     

     

  
       

  
     

     

  
     

  
     

     

  
     

Simple shear deformation on yz-plane  

        
     

     

  
     

  
     

     

  
       

  
     

     

  
     

Simple shear deformation on xz-plane  

        
     

     

  
       

  
     

     

  
     

  
     

     

  
     

 

the retained nodal forces is:     
   where 

i=1,2,…,4 and xi is the coordinate position of 

reference node, Ni. In essence,    
 is simply the 

external force that is applied at the retained nodes, 

Ni. The volume-averaged stress within the RVE 

becomes: 
 

〈 〉  
 

 
[      

       
       

      ] (8) 

 

Eqn 8 represents the volume-averaged stress within 

         determined based on virtual work 

contributions from four retained nodal forces and 

displacements of the domain[10]. 
 

2.4. Prediction of Constitutive Parameters 

With the assumption of the global periodicity for 

        , the overall macroscopic stress is taken to 

be        〈 〉 . Similarly, the global strain, 

       is calculated from the displacement of the 

retained nodes given that u1 = 0 to prevent rigid 

body motion. Therefore, the individual 

displacements of the remaining retained nodes 

become: 
 

         (     )           (     )  
and           (     ) 
 

(9) 
 

where    {              } is the displacement 

vector of retained node i with respect to its 

coordinate position, xi.  

 Uniaxial deformation along Z- or 1-axis will 

result in the following effective properties: 
 

   
   

 
   (     )

   (     )
     

   
 

   (     )

   (     )
   

    
   

 
   (     )

   (     )

 

(10a) 
 

 Uniaxial deformation along X- or 2-axis will 

result in the following effective properties: 
 

   
   

 
   (     )

   (     )
     

   
 

   (     )

   (     )
   

    
   

 
   (     )

   (     )

 

(10b) 

 Uniaxial deformation along Y- or 3-axis will 

result in the following effective properties: 
 

   
   

 
   (     )

   (     )
     

   
 

   (     )

   (     )
   

    
   

 
   (     )

   (     )

 

(10c) 

 Simple Shear deformation along ZX- or 12-, 

ZY- or 13- and XY- or 23-planes  will result 

in the following shear modulus properties  

respectively: 
 

   
   

 
   (     )

   (     )
     

   
 

   (     )

   (     )
   

    
   

 
   (     )

   (     )
 

(10d) 
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Fig. 7. A 3D representation of macro-to-micro scale 

transitions for a heterogeneous material.  

 

2.5 Test Materials 

Two test materials were used in this work. The 

first was a boron-aluminium metallic composite with 

volume fraction 47% [4].  This metallic composite 

was used to validate predictions from the virtual 

test-bed proposed in this work. Additionally, it was 

chosen because of the availability of experimental 

data on six out of twelve of its elastic constants. 

Furthermore, Sun and Vaidya [4] published 

comparisons of several predictive approaches with 

their approach for the same boron-aluminium 

composite; hence, this study aimed to rank the 

current predictions from the virtual test-bed with the 

entire predictive approaches reported by Sun and 

Vaidya. The properties of the constituent materials 

of the boron-aluminium composite are reported in 

Table 3. 

The second test material is an E-glass fibre 

reinforced polypropylene matrix composite 

Plytron™. This material was used for model 

predictions and parametric studies (of the validated 

approach). The properties of the constituents of 

Plytron™ are reported in Table 4. 
 

3. Validation of proposed virtual test-bed 

In validating the proposed virtual test-bed, 

predictions from this study were compared with 

experiments based on the boron-aluminium 

composite whose properties are reported in Table 3. 

In addition, several predictions published in Sun and 

Vaidya’s work [4] and the predictions from this 

study were compared. Results from these 

comparisons are shown in Table 5.  

The first predictive approach was based on 

Hashin and Rosen work [11]. It is an analytical 

approach based on energy variational principles. Sun 

and Vaidya [4] determined upper and lower bounds 

of the predicted effective properties using the 

Hashin-Rosen approach. The lower bounds are the 

values within the curly brackets in Table 5. The 

second approach compared is based on  Chamis’ 

work [12] which uses a unit cell analytical approach 

where a square fibre-packing array was assumed, 

and the RVE divided into several sub-regions. 

Thirdly, a finite element modelling implementation 

by Sun and Vaidya [4] was also considered. Sun and 

Vaidya used two types of 3D RVEs with different 

deterministic arrangements of fibres: namely, square 

and hexagonal arrangements. The average state 

variables within the RVE (i.e. stresses and strains) 

were obtained using strain energy equivalence 

principles and Gauss’ divergence theorem. Finally, 

all predictive approaches were compared against 

actual experimental data of the boron-aluminium 

composite obtained by Kenaga and associates [13]. 

In this study, two different 3D RVE types were 

used: (a) FEM small: a 3D RVE of typical 

dimensions, 30μm, with a single fibre inclusion and 

(b) FEM big: a 3D RVE of typical dimensions, 

100μm with 27 fibres (being a statistically 

representative RVE of the test composite). The RVE 

size for FEM Big was chosen to ensure convergence 

of predicted elastic properties (see section 4.1); also, 

both 3DRVE types had sufficient mesh density to 

ensure convergence (see section 4.5). In all cases, 

the volume fraction of, 47% remained constant. The 

FEM small was adopted as a direct comparison to 

Sun and Vaidya’s model [4]  whilst the FEM big 

was chosen to assess if the virtual test-bed proposed 

in this study had any advantages over the other 

approaches. 

In general, the predictions from this study, Sun, 

and Hashin agree well with those from experiments. 

However, predictions of the shear modulus G12 and 

the transverse modulus E22 based on Chamis’ work 

were slightly higher than the experimental data as 

well as other predictive approaches. A probable 

reason for this is the improperly chosen boundary 

conditions. Finally, the framework presented in this 

study is the only approach that predicted all the 

possible effective elastic properties of the composite 

because a statistically representative 3D RVE was 

used in conjunction with appropriate boundary 

conditions. The virtual test-bed gives the closest 

predictions to experimental data for the given elastic 

constants of the test composite. Therefore, this 

virtual test-bed is most suited for use as a predictive 

approach for determining a holistic range of 

effective elastic properties of UD composites. The 

predictions obtained from the two RVE types 
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considered here in this work show results from FEM 

Small were, in some cases (e.g. E22), higher 

compared to that of the FEM big. One probable 

reason for this disparity is that FEM small lacks 

sufficient fibres for it to be regarded as being 

statistically representative of the test composite; 

hence, the possibility for it to produce non-

representative predictions. 

Table 3. Properties of the constituents of Boron-

Aluminium composite (Vf  = 47%) [4]. 

Material Young’s modulus (GPa) Poisson’s ratio, v 

Boron 379.3 0.1 

Aluminium 68.3 0.3 

 

Table 4. Properties of constituents for Plytron™ 

composite [14], [15]  

Material Young’s 

modulus(GPa) 

Poisson’s 

ratio, v 

Glass fibre 73 0.20 

Polypropylene 1.308 0.43 

 

4. Results and discussion 

4.1. Critical RVE size, LRVE,crit  

Before any characterization of a material’s 

response can be accomplished using micro-

mechanical analysis, an appropriately sized RVE 

must be isolated from the parent material first [6]. 

An appropriately sized RVE is attained when the 

magnitude of any predicted material property 

obtained using the RVE is invariant with any further 

increases in size of that RVE. In order to determine 

an appropriate size of the generated RVEs for the 

chosen test material (in this case Plytron™), a 

geometric parameter, λ, was defined as the ratio of 

the fibre reinforcement,    , and the characteristic 

length of any side of an RVE cube, LRVE:   
    

  
. 

The diameter of the fibre of Plytron™ was 

determined from a digitized micrograph to be 

approximately 15μm. The geometric parameter, λ, 

was varied between 1.5-10 to establish convergence 

of all possible predicted elastic properties. 

In all simulations, the volume fraction and 

diameter of the inclusions remained constant at 35% 

and 15μm respectively. Results from these 

simulations are reported in Figs. 8-9. These results 

show a critical RVE, LRVE,crit exists for λ≥6.0 beyond 

which, there was no appreciable change in all 

predicted properties. All RVEs used in subsequent 

simulations satisfied this geometric parameter 

criterion. 
 

4.2. Effect of different spatial realizations  

Table 6 shows the longitudinal elastic modulus, 

E11 is insensitive to spatial realization of inclusions 

hence the low standard deviation. However, the high 

standard deviation for the transverse moduli (E22 and 

E33) reflects a higher sensitivity to spatial realization. 

Consequently, the transverse Poisson ratios 
(       )  show significant variability unlike the 

longitudinal Poisson ratios, (       ) Also, the 

shear moduli were highly dependent on spatial 

realizations since the shear load cases involve the 

displacement of inclusions from their original 

positions through a sliding/rolling motion. 
 

4.3. Comparison of different Approaches 

The virtual framework developed in this study 

was used to determine effective properties for 

Plytron™ but for varying volume fractions. 

Predictions were compared against experimental 

data obtained for Plytron™ and other analytical 

and/or semi-analytical approaches. The approaches 

considered include: (a) Rule of mixtures - ROM (b) 

Hopkins-Chamis square array method and (c) 

Halpin-Tsai semi-empirical method. Experimental 

data for Plytron™ with volume fraction of 35% 

were derived from [14]. In the longitudinal direction, 

the results showed a linear relationship between 

increase in the volume fraction of reinforcements 

and the predicted modulus and Poisson ratios. 

However, the dependence of E22 and G12 on 

increased volume fraction was non-linear. Above all, 

the results shown in Fig. 10 & Fig 15 indicate the 

virtual test-bed predictions gave the closest values to 

experiments. 
 

4.4. Effect of boundary condition types on 

predicted effective properties 

An RVE which is representative of its parent 

material should ideally produce results invariant of 

the imposed boundary conditions (BCs) [9]. 

However, for this universal condition to hold, the 

size of the RVE has to be extremely large, making it 

unfeasible to simulate efficiently given limited 

computing resources. Therefore, this study aims to 

quantify the effect of several boundary condition 

types on the predicted effective properties for 

Plytron™ . Three types of commonly used boundary 

conditions were considered: (a) Dirichlet, (b) 

Neumann and (c) periodic boundary conditions. 
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Results from uniaxial and shear simulations using 

cubic RVEs are shown in Fig. 11-12. It is well 

reported in the literature that predictions based on 

Dirichlet BCs and Neumann BCs overestimate and 

underestimate effective properties respectively [9]. 

As a result, predictions using periodic BCs are 

bounded by those of the Dirichlet and Neumann 

BCs. This conclusion is confirmed in Fig. 11a for 

the longitudinal modulus, E11 but not for the 

transverse and shear moduli as well as Poisson 

ratios where the periodic boundary condition gave 

the least predicted effective properties. It seems the 

generally accepted conclusions of effective 

properties based on periodic BCs to be bounded by 

those of Neumann and Dirichlet BCs is partially 

valid. This study has observed and therefore 

concludes that if the dependence of effective 

properties on volume fraction follows a nonlinear 

relationship, the periodic BCs give the least 

predicted effective properties. This is confirmed in 

Fig. 11b-12b except for Fig. 12c where the periodic 

BCs gave the highest effective properties. The effect 

of boundary conditions for these cases is minimal 

when periodic BCs are used. However, further 

studies need to be done to conclusively show the 

effect of boundary conditions on predicted effective 

properties. 

 

 

 

 
 

 

 

Table 5. Comparison of predicted effective elastic properties of boron-aluminium (         ) obtained using different 

approaches. Note: the fibre direction is along the 1-axis.

Elastic Constants(GPa) Experiment
a
 FEM small

b
 FEM big

c
 FEM Sun 

d
  

(Square /Hexagonal) 

Analytical
e
 Semi-empirical

f
 

E11 216 215 214 215 / 215 215 214 

E22 140 141 134 144 / 136.5 139.1{131.4} 156 

E33 - 141 135 - - - 

ν12 0.29 0. 195 0. 196 0.19 / 0.19 0.195 0.20 

ν13 - 0.195 0.194 - - - 

ν23 - 0. 255 0. 302 0.29 / 0.34 0.31 {0.28} 0.31 

G12 52 51.9 52.0 57.2 / 54.0 53.9 62.6 

G13 - 52.0 52.8 - - - 

G23 - 45.0 49.4 45.9 / 52.5 54.6 {50.0} 43.6 

Key to table: 
 

a
 Experiment:  Experimental data of boron-aluminium composites from work of Kenaga, et. al. 

 

b
 FEM Small:  FEM based on this study using a Small RVE with window size 30μm

2
 and 1 fibre. 

 c
 FEM Big:  FEM based on this study using a Big RVE with window size 100μm

2
 and 27 fibres. 

d
 FEM Sun:  FEM approach due to the work of Sun and Vaidya for square and hexagonal arrays. 

e
 Analytical:  Analytical approach based on energy-balance principles of Hashin and Rosen. 

 

f
 Semi-Empirical:  Semi-empirical approach proposed by Chamis. 

 
 

 
 

 

 
 

 
 

 
 

Fig. 8. Variation of predicted effective properties with increasing geometric parameter, λ (a) longitudinal Young’s modulus 

E11 (b) transverse moduli E22 & E33 and (c) Shear Moduli G12, G13 & G23.  
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Fig. 9. Variation of predicted Poisson ratios v12 with increasing geometric parameter λ. 

 

Fig. 10. Comparison of predicted effective elastic constants between this work and other approaches (a) longitudinal 

Young’s modulus E11 (b) transverse modulus E22 (c) shear modulus, G12 
 

 

Fig. 11. Effect of boundary condition types on predicted effective elastic properties (a) longitudinal modulus, E11 (b) 

transverse modulus, E22 (c) major shear modulus G12. 

 
Fig. 12. Effect of boundary condition types on predicted effective elastic properties (a) minor shear modulus G23. (b) major 

and minor Poisson ratios, v12 & v21 (c) minor Poisson ratio v23. 
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Fig. 13.  Effect of mesh sensitivity on predicted effective elastic properties (a)  longitudinal modulus, E11. (b) transverse 

moduli, E22 & E33 (c) shear moduli G12, G13 & G23 

 

Fig. 14. Effect of mesh sensitivity on predicted effective elastic properties (a) longitudinal modulus, E11. (b) transverse 

moduli, E22 & E33 (c) shear moduli G12, G13 & G23 

 

Fig. 15 Comparison of Poisson ratio, v12 determined in 

this work with predictions based on other approaches. 

4.5. Mesh sensitivity study on effective properties 

In this section, the mesh density sensitivity of the 

virtual test-bed in predicting effective properties for 

Plytron™ was assessed. Five mesh densities ranging 

from 4584 elements to 221696 elements were 

sampled. Plots of effective properties of interest 

against total number of elements, 
e

RVEN  were 

determined. The results of the mesh sensitivity 

convergence profile for all twelve elastic constants 

are given in Fig. 13-14. According to Fig. 13-14, all 

effective properties converged at a mesh density of 

about 40,000 elements. For a 3D RVE of typical 

edge length, LRVE = 30μm, the above mesh density 

represents an edge discretization of at most 2μm.  
 

Table 6. Effect of spatial realizations on predicted 

effective properties. NB: Units of moduli, Eij and Gij is in 

GPa where i,j = 1,2,3. 

Elastic constants Mean Standard deviation 

E11 
25.86 0.030 

E22 
3.16 0.110 

E33 
3.18 0.090 

G12 
0.93 0.010 

G13 
0.94 0.020 

G23 
0.93 0.020 

v12 
0.345 0.004 

v13 
0.342 0.004 

E23 
0.656 0.010 

G21 
0.042 0.001 

G31 
0.042 0.001 

G32 
0.659 0.013 
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5. Conclusions 

This study developed a virtual test-bed for 

predicting a holistic range of elastic properties of a 

typical UD composite material. The virtual 

framework is based on 3D RVEs which comprises 

the following; (a) the geometrical modelling of 

statistically representative RVEs (b) prescription of 

appropriate PBCs for desired load cases and 

application of a robust macro-micro homogenization 

scheme to predict effective elastic constants. Several 

statistical-numerical modules were incorporated in 

various frames of the test-bed to either corroborate 

numerically derived parameters with experimental 

data, or ensure strict virtual domain objectivity.  The 

test-bed predicted the entire set of effective elastic 

constants with excellent accuracy compared to other 

existing approaches. Furthermore, unlike other 

comparable approaches, this test-bed requires no a 

priori assumptions about material constitutive 

response along any material axis. Therefore, with 

adequate extensions (i.e. incorporating robust micro-

scale material models), the presented virtual test-bed 

is suitable for investigating nonlinear responses of 

UD composites. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Abstract  
Long-term safety and reliability of composite 
structures has long been an active research subject. 
An early study by Robinson [1,2] shows the safety 
factor (SF) value of 2.3 for carbon-epoxy composite 
based on the experimental tests on the early carbon-
fibre composites. Later, this study was applied to 
establish the burst pressure ratio for compressed-
natural gas (CNG) composite pressure vessels 
(CPVs) in 1980s. The current study performed a new 
stress rupture analysis on unidirectional (UD) 
carbon-epoxy laminates fabricated by advanced 
composite material nowadays. Two different 
approaches were applied to characterise lifetime 
performance of composite materials: analytical and 
finite element approaches. The scatters of intrinsic 
properties of composite constituents resulting in 
variable long-term lifetime were revealed. Using the 
lifetime results, the safety margins for the carbon-
epoxy composites necessary for obtaining a lifetime 
of 15 years and failure rate of 10-6 were determined, 
and the results obtained by the two approaches are in 
agreement. Compared to the Robinson’s study (i.e. 
2.3 for SF), a reduced SF value to 1.4 was obtained 
for the current advanced carbon-fibre composite 
materials. This study supports a need of re-
evaluating the values of efficient safety margin for 
composite pressure vessel cylinders.  
 

1 General Introduction 

Fibre-reinforced polymer material has been 
increasingly applied in high-strength application 
structures for the replacement of classical metal 
material due to its high specific mechanical 
properties. Composite pressure vessels have been 
widely applied in the storage of compressed natural 
gas on road vehicles, replacing heavy-weight metal 
cylinders. In the recent years, high performance 

carbon fibre CPVs are developed for the storage of 
compressed hydrogen at high pressure as the supply 
to a fuel cell (hydrogen energy). Nevertheless, one 
of the most important concerns for composite 
technology is the long-term behaviour of structures, 
the failure of which could often prove to be 
catastrophic. Composite behaviour and failure is 
different from that seen with metal structures. 
Although composite materials have been widely 
applied in many commercial structural applications, 
too often tests and standards used for composite 
structures have just been taken from standards 
developed for metal or other traditional structural 
materials. Whereas these standards can often be 
justified for traditional materials, in terms of known 
failure processes, the mechanisms involved in the 
damage of composite structures are often radically 
different. For example, it is mandatory for each CPV 
to be approved by proof pressure testing before 
being put into service [3,4]. This was originally 
established for the certification of metallic cylinders. 
The traditional proof test involves pressurising 
cylinders to 1.5 times than the design pressure level. 
In a composite structure the high strength carbon 
fibres are wound over the mandrel, and support 
almost the entire pressure so the breakage of fibre 
filaments is the primary damage mechanism 
governing the degradation of composite materials. 
Although the proof test could verify liner leakage, it 
must be noticed that this test does not give any 
information on the actual state of damage of the 
cylinder. This indicates that if composite structures 
are to be used with confidence, the failure of such 
structures should be evaluated on their specific 
micromechanical degradation processes which 
ultimately control failure.  
 
Many studies [1,2,5-7] have investigated long-term 
micromechanical degradation of composite material 
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subjected to tensile loading, in particular fibre 
failure. When unidirectional carbon-epoxy laminates 
are subjected to long-term sustained tensile loading, 
an increase in numbers of fibre breaks has been 
observed occurring at a slow rate [5,6]. Carbon fibre 
filaments are not susceptible to steady or dynamic 
tensile loading [7], indicating that the material 
strength of the fibres is not affected by loading time. 
In contrast, the viscoelasticity property of epoxy 
matrix can vary with time under tensile loads, which 
affects the load transfer mechanism in the 
composites. The time-dependent viscoelasticity of 
epoxy matrix has been determined to be the driving 
cause to the long-term fibre-rupturing process in UD 
laminates subjected to a steady load, even though the 
matrix only supports a fraction of the entire tensile 
load.  
 
Blassiau and colleagues modelled the effect of the 
viscoelasticity of the epoxy matrix on the fibre-
failure process in UD laminates subjected to 
sustained tensile loading, using a two-scale FE (FE2) 
model [8-13]. When carbon fibre breakages 
developed in the laminate, the shear deformation at 
the interfaces of the broken fibres and the 
surrounding matrix caused the broken fibres to be 
reloaded, which formed a discrete damage zone. 
Within the zone, the intact fibres neighbouring the 
break experienced an increase in stress over a short 
length, such that the total stress within the zone 
remained unchanged, and the overstressing effect on 
the adjacent intact fibres could lead to their failure. 
When the laminate was subjected to sustained tensile 
loading, viscoelastic relaxation of the epoxy matrix 
occurred. The reduction to the shear modulus of the 
matrix then caused a decline in the efficiency of the 
load transfer mechanism in the composites. As a 
result, the extent of local damage zones associated 
with existing fibre breaks enlarged and more fibre 
breaks were likely to develop within the damage 
zone, forming clusters of fibre breaks. The 
observation of the fibre-rupturing process by 
Blassiau using the FE2 model was validated by the 
study of Scott et al. [14-16]. Using ultra high-
resolution computated tomography, Scott et al. 
observed clustering process of fibre breaks in 0° 
plies of carbon-epoxy specimens subjected to 
increasing tensile loading as close to failure. 
 

Camara and colleagues showed that the 
accumulation of fibre breakage in UD carbon-epoxy 
laminates could trigger the failure of the laminates, 
using the FE2 model [6]. At the same applied stress 
level, the lifetimes for UD laminates subjected to a 
stress rupture test were seen to be variable. This is 
due to the stochastic nature of fibre strengths and the 
effect of the arrangement of the individual fibres 
within the composites [6]. The intrinsic properties of 
composite constituents have critical effect on long-
term lifetime performance of composites. The study 
concluded that accumulation of fibre breaks governs 
the structural integrity of the composites laminates. 
Based on the same philosophy, Robinson performed 
a stress rupture analysis on carbon-fibre strand 
reinforced polymer specimens [1,2]. Variable time-
to-ruptures for the composites were determined in 
the stress rupture test and a probability analysis was 
performed to characterise the distribution of the 
lifetime with respect to the applied stress level. 
Safety factor (SF) value of 2.3 was determined for 
carbon fibre composites, associated to the lifetime of 
15 years and a failure probability of 10-6 [1,2]. The 
work of Robinson has been used as a fundamental 
basis to establish the burst pressure ratio (BPR) for 
CNG CPV cylinders.  
 
As composite technology advances with time, the 
material properties of the constituents of composites 
and manufacturing processes have significantly 
improved, which should improve the lifetime 
performance of composite structures. Important to 
note, the study of Robinson was based on the 
experimental results obtained with very early carbon 
fibres produced in 1970s, and the proposed safety 
factor value for the early carbon-epoxy composites 
materials may no longer be appropriate for the 
advanced composite material nowadays. Therefore, 
the goal of this study was to present a new 
evaluation analysis on the lifetime performance of 
current carbon fibre reinforced polymer materials.  
 
Unlike the typical stress rupture analysis (e.g. in 
Robinson’s study [1,2]), two approaches, based on 
analytical and FE techniques, were developed, 
allowing a time-efficient stress rupture analysis. 
Three techniques are all based on the same 
philosophy but use different ways to estimate 
residual lifetime of the composites. For the 
analytical approach, a probability analysis was 
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performed on the estimated lifetimes of UD carbon-
epoxy specimens obtained from the modified stress 
rupture analysis; the lifetime was estimated by 
dividing the number of damage events at failure of 
the composite recorded by AE over the damage 
accumulation rate. For the FE approach, the stress 
rupture lifetimes of the specimens were calculated 
using the FE2 model developed by Blassiau and 
colleagues [5, 8-13]. The stochastic nature of fibre 
strength and variable arrangement of individual 
fibres were used in modeling carbon-epoxy 
laminates and seen to be the cause of variable 
lifetimes. The distributions of lifetime was then 
characterised using probability analysis. The safety 
factors associated with lifetimes of 15 years and a 
failure rate of 10-6 were calculated.  Finally, a 
comparison of SF values for carbon-epoxy materials 
between the Robinson’s study, the analytical 
analysis and FE analysis of this study was 
performed.  
 
The models used for the simulations describing 
stress rupture test (i.e. sustained tensile loading-to-
rupture) has been described in detail elsewhere [8-
10,13].  
 

2 Lifetime Evaluation using FE approach 

2.1 Description of [0°] carbon-epoxy laminates 

The [0°] specimens were modelled using the fibre 
rupture FE2 model developed by Blassiau and 
colleagues [8-13].  
 
The material system studied S was a prismatic 
specimen. The specimen considered was taken to be 
a plate delimited by the following surfaces: 

• S-a situated at x1=-a and S+a situated at x1=+a;  
• S-b situated at x2=-b and S+b situated at x2=+b;  
• S-c situated at x3=-c and S+c situated at x3=+c;  

 
The long axis of the specimens was described by the 
vector x1. The width was oriented by the vector x2 
and the thickness by the vector x3. The plane of the 
specimens was defined by the vectors x1 and x2. The 
cross-section of the specimen was defined by the 
vectors x2 and x3. The dimensions of the laminate 
are 64 mm in length (2a), 5mm in wide (2b) and 0.8 
mm in thick (2c). The thickness of each ply of the 
laminates was 0.1 mm. The fibre volume fraction of 

the specimen was assumed to be homogenous with 
the average Vf of 64%. A total number of 6750 
C3D8 eight-node brick elements were used to 
construct the laminate model. 
 
For the boundary conditions used in the simulations, 
a uniform stress was applied to the surfaces S+a and 
S-a of the specimen and a uniform zero force was 
applied to the other surfaces. A stress rupture test on 
[0°] specimen was modelled; this involved tensile 
loading the specimen to the designated stress level at 
a loading rate of 1 MPa/s and then maintaining it at 
the peak level until final failure. The lifetimes of the 
specimens were determined in the stress rupture 
simulations. Six different designated stress levels 
were calculated: 2581 MPa, 2595.5 MPa, 2610 MPa, 
2668 MPa, 2726 MPa, and 2784 MPa (associated to 
89%, 89.5%, 90%, 92%, 94%, and 96% of the 
average tensile failure stress, respectively). For each 
stress level, 100 simulations of the stress rupture test 
were performed in order to obtain a meaningful 
number of lifetime results for probability analysis. In 
the simulations, the local distribution of fibre 
strength in the RVE was randomly altered using a 
Monte-Carlo algorithm. The time-to-ruptures were 
calculated and the distribution of the lifetime was 
studied using probability analysis. 

 

2.2 Lifetime Results Calculated by FE approach 
When the local distribution of fibre strength at the 
microscopic scale was randomly changed using a 
Monte Carlo simulation there were large variations 
in the calculated lifetime values. Fig. 1 shows that 
the lifetime results showed a Weibull distribution. 
Associated to different applied stress levels, the 
functions describing the lifetime time with respect to 
the failure rate and lifetime were determined, and 
using the functions, the failure life of [0°] laminates 
for the failure probability value of 10-6 were 
calculated for the different stress levels. Fig. 2 
shows the relationship between the calculated 
lifetime associated to the failure probability of 10-6 
and the applied tensile load level, and the function 
describing this relationship was determined. A log-
linear increase in the lifetime was found with 
decreasing the applied tensile load level. From this, 
the minimal applied load level necessary for 
obtaining the failure probability of 10-6 and the 
designated lifetime can be determined. 
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3. Lifetime Evaluation using Analytical Approach 
3.1 Description of the Modified Stress Rupture 
Test with AE monitoring 
Unidirectional carbon-epoxy laminate plates were 
made by filament winding technique with Toray 
T700 carbon fibres and LY564/ARADUR917/960-1 
epoxy matrix. From these laminate plates, the [0°] 
specimens with dimensions of 150 mm in gauge 
length, 20 mm in wide, and 0.8 mm in thick were 
fabricated. The average tensile failure stress for 
these specimens was about 3023 MPa. 
 
The stress rupture test was modified to a three-stage 
tensile loading test the purpose of which was to 
estimate the lifetime of the laminates within a 
limited testing time; first the specimen was 
monotonically loaded to the designated applied load 
level at a loading rate of 30 N/s using INSTRON 
electrical-powered testing machine, then maintained 
at the peak load level for 20 hours. After the steady 
loading phase, the specimen was reloaded from the 
given applied load level at a loading rate of 30N/s 
until final failure. Six different levels of tensile load 
were studied in the stress rupture test: 84%, 86%, 
88%, 90%, 92% and 95% of the average failure load 
level. Two replica tests were performed for each 
load level (except for the 90%, 92%, and 95% 
cases).  
 
Acoustic emission recorded composite damage 
events during the stress rupture test. AE acquisition 
system of PCI-2 made by Physical Acoustic 
Cooperation (PAC) was applied. Two AE 
transducers of µ80 made by PAC were applied to 
facilitate linear location algorithm calculation. The 
transducers were placed at +25 mm and -25 mm 
from the centre of the specimen, respectively. When 
acoustic noises of composite damage were recorded, 
the detected signals were amplified with a gain of 40 
dB using preamplifier of 2/4/6 (made by PAC). 
Table 1 shows the acquisition setup applied in the 
AE analysis.  
 
3.2 Lifetime Results Estimated by Analytical 
Approach 
3.21 Analytical estimation of the minimal lifetime 
for [0°] laminates 
The lifetime of [0°] laminates was estimated from 
the total number of damage events measured at 
failure (i.e. damage threshold level) divided by the 

damage accumulation rate. When the specimen was 
subjected to a steady load, the AE results (Fig. 3) 
shows that the number of AE hits increased at a log-
linear rate with loading time, and the damage 
accumulation could be characterised as a function of 
time. Using the determined damage accumulation 
function, it becomes possible to predict further 
damage and then to calculate the remaining lifetime 
with respect to the damage threshold level. 
Depending on the value of the applied stress level at 
failure, the damage threshold level could vary; the 
specimen ruptured by increasing tensile loading 
should contain lower numbers of fibre breaks than 
that seen with sustained tensile loading-to-rupture 
where a lower peak stress level was applied to the 
specimen at failure. In this study, the damage 
threshold level was defined as the total number of 
AE hits recorded at final failure, caused by 
increasing tensile loading, which is the minimal 
level of damage threshold. Therefore, the lifetime 
calculated using this approach was assumed to be 
the minimal lifetime for the specimens.  
 
3.2.2 Statistical characterisation of specimens’ 
lifetime 
Fig. 4 shows the distribution of the estimated 
lifetime points for [0°] specimens subjected to 
different steady load levels. The normalised load 
level 1 (σnorm1) is calculated by the applied load level 
over the average failure load level. A linear 
relationship between ln(estimated lifetime) and 
σnorm1 was obtained. However, several outliers of the 
lifetime points were found, which were due to the 
variability of laminate strength; when the actual 
laminate strength was much higher or lower than the 
average value, the calculated lifetime points would 
be deviated from the linear relationship and outliers 
formed.  
 
A master lifetime function was determined to 
characterise the distribution of estimated lifetime 
points for [0°] specimens. The normalised load level 
2 (σnorm2) calculated by the applied load level of the 
given specimen over its actual failure load level was 
defined. Using the σnorm2, it was found in Fig. 5 that 
all the estimated lifetime points conformed well to 
the log-linear relationship, independent of the 
variability of laminate strength. The function 
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describing this relationship is determined as the 
master lifetime function. 
 
As discussed, when the distribution of the estimated 
lifetime results was analysed using the average 
failure stress level, the difference between the 
average and actual failure stress level of [0°] 
specimens produced the scatter of lifetime points 
(shown in Fig. 4). Nevertheless, each lifetime result 
point could be associated with one log-linear 
lifetime curve, which has a constant value of 
gradient (same as the master lifetime curve) but 
different constant term b. The constant term b 
controls the translation of lifetime curves, related to 
the variation in tensile strength of the specimens and 
can be calculated using equation 1. Fig. 6 shows the 
statistical distribution of b value calculated for each 
lifetime result points as shown in Fig. 4. Since the 
change to the b values was related to the material 
strength of the specimens, a probability analysis was 
performed on the distribution of the b values so as to 
statistically characterise the variation in the material 
strength. For the probability of 10-6, the b values was 
calculated as 372.4 and therefore the lifetime 
function of [0°] specimens associated to the failure 
probability of 10-6 is 
ln estimated lifetime( ) = −490.1σ norm2 +372.4 .  

 
ln estimated lifetime( ) = −490.1σ norm2 + b       (1) 

Where σnorm2 represents percentage of sustained load level 
with respect to the average failure stress level, -490.1 is 
the value of the gradient obtained from the master lifetime 
curve, b is the translation parameter for lifetime curve, 
and estimated lifetime is measured in second. 
 
4. Comparison of Lifetime Results between 
Analytical Estimations and FE Calculations  
 
Fig. 7 shows the lifetime result curves, associated 
with a failure rate of 10-6, obtained by the analytical 
and FE analyses. Both the analyses show that the 
lifetime increased at a log-linear rate as the σnorm1 
decreased although the gradient values for the two 
lifetime curves were different (i.e. -490 ln(s) and -68 
ln(s) for the analytical and FE results). The FE result 
shows a much better lifetime performance for [0°] 
specimens than the analytical result until the σnorm1 
decreased to 0.72. This could be attributed to several 
factors. First, the viscoelasticity properties of epoxy 

matrix used in the two analyses were not identical, 
which controlled long-term damage accumulation of 
fibre breakage in the material system. Second, the 
lifetime value calculated in the analytical analysis 
was based on the hypothesis of the minimal lifetime 
estimation whereas the FE calculated the actual 
lifetime for the specimen. Thirdly, other factors such 
as manufacturing defects could degrade the lifetime 
performance of [0°] specimens in the experiment 
whereas the FE did not consider those factors. A 
lower lifetime performance for the analytical 
analysis was expected. 
 
Using the determined lifetime functions, the applied 
load levels for [0°] specimens necessary for 
obtaining a lifetime of 15 years with a failure rate of 
10-6 were determined as 71.9% and 78.8% of the 
average failure stress by the analytical and FE 
analyses, respectively. The values of minimal 
intrinsic SF were calculated as 1.4 and 1.3, which 
only took into account variable intrinsic laminate 
strength. Compared to the Robinson’s study [1,2], a 
significant improvement to the value of SF was 
found (SF by Robinson is 2.3), indicating the 
improvement in the lifetime performance of the 
current advanced composite materials. Since the 
safety margin for the CPV cylinders are established 
based on Robinson’s study (associated to the early 
carbon fibre composites), these results supports an 
increasing concern of re-evaluating the values of 
efficient BPR for CPV cylinders fabricated by 
advanced composite materials nowadays.  
 
For the storage of hydrogen fuel, thick-walled CPV 
cylinders with high-pressure performance are 
applied. Unlike the laminate specimens, complex-
loading processes occurred in the cylinder when 
subjected to pressurisation, in particular variable 
hoop tensile stress and radial compressive stress in 
through-thickness direction. These loading processes 
can cause fibre failures in tension and in 
compression (i.e. normal to the fibre direction). A 
future study of lifetime performance on CPV 
cylinders could be performed using the FE2 fibre 
rupture model based on the FE approach developed 
in this study. 
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5. Conclusion 
Using FE and analytical approaches, tools for 
analysing long-term lifetime performance and 
capable of evaluating minimal safety margin 
required for UD carbon-epoxy laminates have been 
developed based on accumulation of intrinsic fibre 
breakage with respect to the threshold level, and the 
results of which were in agreement. It was found 
that unidirectional carbon-epoxy laminates that are 
loaded at less than 72% of the average failure stress 
will effectively last for 15 years with a failure rate of 
10-6 so that the safety factor is around 1.4. Compared 
to Robinson’s study which used early carbon-epoxy 
composite materials in 1970s, a significant 
improvement in lifetime performance was 
determined for carbon composite made with the 
advanced composite materials. These results 
supports that there is a need of re-evaluating safety 
margin of CPV cylinders manufactured nowadays 
since the BPR values of the cylinders were 
established based on the study of Robinson [1,2]. A 
new evaluation analysis of safety measures on the 
long-term usage of composite pressure vessels is 
required, which can be performed in future using 
fibre rupture FE2 model 
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Table 1: Acquisition setup for the AE test 

Peak definition time (PDT) 50 µs 
Hit definition time (HDT) 100 µs 
Hit lock-out time (HLT) 200 µs 
Threshold level 40 dB 
Analogue filter 0.1 MHz – 1 MHz 
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Fig. 1: Cumulative failure probability of UD carbon-epoxy laminates subjected to stress rupture test at 96% of the average 
failure load with respect to time-to-failure. 
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Fig. 2: Distribution of calculated lifetime for [0°] 
laminates subjected to stress rupture test. The σnorm1 was 
calculated by the applied tensile load level over the 
average tensile failure load level. The smoothing equation 
applied is ln calculated lifetime( ) = −68.4σ norm1 + 73.9 . 
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Fig. 4: Distribution of estimated lifetime for [0°] 
laminates subjected to the modified stress rupture test. 
The σnorm1 was calculated by the applied tensile load level 
over the average tensile failure load level. The circle in 
dashed line marked the outliers of the lifetime result 
points. 
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Fig. 5: Distribution of estimated lifetime for [0°] 
laminates subjected to the modified stress rupture test. 
The σnorm2 was calculated by the applied tensile load level 
over the actual tensile failure load level, determined in the 
post tensile rupture test. The master lifetime function was 
determined as ln estimated lifetime( ) = −490.1σ norm2 + 454.5 . 
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1 Introduction  
In recent years, fibres in textile forms have been 
introduced for use in composites to exploit the 
advantages of textile structures, such as better 
dimensional stability and deep-draw shapability [1]. 
During their service life, composites are subjected to 
various loading conditions and low velocity impact 
is one of the most critical because it induces 
widespread damage, which reduces the strength of 
composite materials. Due to their high specific 
stiffness and strength, carbon reinforced polymer 
composites are widely used in aerospace industry. 
However, the toughness of carbon fibre is quite low 
and the resulting damage resistance is poor. In this 
regard, several researchers have successfully 
adopted hybridization approach with high strain to 
failure fibres to improve the damage resistance of 
composites. In particular, glass fibres are the best 
option from the viewpoint of cost, availability, and 
ease of processing, and hybrid carbon/glass fibre 
composites have consistently demonstrated better 
damage tolerance under impact than their carbon 
fibre counterparts [2-4]. In recent years basalt fibres 
have gained an increasing attention as possible 
replacement of conventional glass fibres [5] due to 
their advantages in terms of environmental cost and 
chemical-physical properties. Mineral fibres 
obtained from basalt rocks are not new, but their 
suitability as reinforcement in polymer composites is 
a relatively new issue [6]. Despite this growing 
interest, only scarce attention has been devoted to 
the low-velocity impact behaviour of these classes of 
composites. Residual structural properties are 

another important consequence of impacts on a 
laminate because they directly influence the way in 
which the structure can bear service loads.  
In this study woven basalt-carbon/epoxy hybrid 
composites were fabricated in interply hybrid 
structures and subjected to low-velocity impact 
using a drop weight apparatus. Specimens were 
impacted and the influence of impact energy on their 
flexural residual strength was assessed by quasi-
static four point bending tests.  
Post impact effects were evaluated using non-
destructive tests such as ultrasonic phased array and 
acoustic emission (AE). Ultrasonic testing was 
carried out after impact to evaluate the role played 
by basalt fibre hybridization on the extent of 
damaged area. Instead the acoustic emission (AE) 
was carried out to understand the role played by 
basalt fibre hybridization on the mechanical 
behaviour after impact of carbon fibre reinforced 
epoxy composites. Furthermore, interlaminar shear 
strength for all the hybrids was investigated.  

2. Materials and methods 

Plain weave basalt (BAS 220.1270.P supplied by 
Basaltex-Flocart NV, Belgium) and carbon (CC160 
supplied by Saati Composites, Italy) fabrics were 
used to reinforce a bi-component epoxy resin 
(EC157+W152 MR, supplied by Elantas Camattini, 
Italy). The areal densities were 220 g/m2 for basalt 
fabrics and 160 g/m2 for carbon ones. All laminates 
were manufactured by Resin Transfer Moulding 
(RTM) and cured for 12h at room temperature and 
4h at 70 °C. All configurations were produced using 
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thirteen fabric layers keeping constant the volume 
fraction (0.32 ± 0.01), so that the thickness of all the 
produced configurations was almost constant (3.40 ± 
0.15 mm). Two hybrid configurations were 
manufactured: in the first one (BC-HS) fabrics were 
stacked as a sandwich-like sequence with seven 
carbon fibre layers (core) and three basalt fibre 
layers (skins) for each side of the laminate, while in 
the second configuration (BC-HI) seven layers of 
basalt fabrics and six of carbon fabrics were 
alternatively stacked, keeping basalt fabrics as outer 
layers. Not hybridized basalt (B) and carbon (C) 
reinforced epoxy composites were also 
manufactured as reference configurations. 
Specimens (180 mm × 60 mm × 3.4 mm) were cut 
from 300 mm-wide square laminates and then used 
for the mechanical characterisation. Four-point 
bending tests were carried out on five specimens for 
each configuration according to ASTM D 6272. A 
span-to-depth ratio of 23:1 and a cross-head speed of 
2.5 mm/min were used. Flexural modulus was 
calculated through the measurement of strain by 
strain gauges. Specimens were tested in bending 
both as they were produced (non impacted samples) 
and after they were impacted at low-velocity, in 
order to measure their residual flexural strength. 
Impact tests were performed by using a falling dart 
impact testing machine, model Fractovis Plus from 
CEAST (Pianezza - TO, Italy), equipped with a 
circular sample holder (external and internal 
diameters equal to 60 mm and 40 mm, respectively). 
Specimens were tested at three impact energies (5 J, 
12.5 J and 25 J) by keeping constant the indenter 
mass (6.929 kg) with an hemispherical impact head 
(diameter equal to 12.7 mm). The impact energies 
were selected in order to avoid that damage 
exceeded samples width. The extent of damaged 
area after the impact was determined using non-
destructive ultrasonic inspection equipment 
OmniScan MX with standard phased array probe 3.5 
MHz, linear array, 64 elements. The interlaminar 
shear strength was evaluated according to ASTM D 
2344. Ten specimens having dimensions equal to 20 
mm × 6.8 mm × 3.4 mm (L×W×t) were tested for 
each laminate. The span-to-depth ratio and the cross-
head speed were set to 4:1 and 1 mm/min, 
respectively. All the mechanical tests (both flexural 
and interlaminar ones) were performed on a Z010 
from Zwick/Roell (Ulm, Germany) universal testing 
machine equipped with a 10 kN load cell. Flexural 

tests were monitored by acoustic emission until final 
fracture occurred using an AMSY-5 AE system by 
Vallen Systeme GmbH (Icking, Germany). The AE 
acquisition settings used throughout this 
experimental work were as follows: threshold = 35 
dB, rearm Time (RT) = 0.4 ms, Duration 
Discrimination Time (DDT) = 0.2 ms and total gain 
= 34 dB. The acquisition threshold was selected after 
30 minutes recording of background noise with the 
AE setup configuration actually used, and was set 6 
dB above the maximum level of recorded spurious 
signal from the electronic system. To allow linear 
localization of signals, two broad-band PZT AE 
sensors (100-1500 kHz, model 1045S, from 
Fujicera, Japan) were placed at both ends of 
specimens using silicon grease for coupling. 

3. Results and discussion 
 
The mechanical behaviour of composites depends on 
several factors that can be related to both materials 
used for the matrix and the reinforcement and 
geometrical parameters such us lay-up configuration 
and laminate thickness. Obviously the process of 
damage also depends on the kind of system used for 
testing, namely the loading geometry and the impact 
velocity. All these issues make the damage process a 
complex combination of energy absorption 
mechanisms such as matrix cracking, transverse 
fibre fracture and delamination. As shown in Fig. 1, 
it is possible to perceive the different response of the 
tested laminates by inspecting the morphology of 
impacted surfaces.  
 

 
Fig. 1. Front/back images of different laminates 
impacted at 25J. 
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Drop-weight impact test at 25J on C composite 
showed penetration of the dart through its thickness 
with splitting on the back face, highlighting the 
brittle fracture of carbon laminate. In the same 
impact condition, B composite exhibited cross-
shaped cracks and debonding on the front face with 
associated matrix cracking and back surface splitting 
but without evidence of penetration. BC-HI and BC-
HS laminates exhibited an intermediate behaviour 
between not-hybrid composites, although different 
patterns were detected as a consequence of the 
different lay-ups. The damaged area for BC-HI 
laminate was larger than that of BC-HS one, 
suggesting that the former can absorb more energy. 
Both hybrid laminates showed bulge on the back 
surface as a consequence of matrix cracking and 
pull-out of outer fibre layers but the damage pattern 
was quite different. The BC-HS laminates exhibited 
an impact behaviour more similar to B ones because 
the three outer layers, being made of basalt, 
prevented extensive fibre breakage unlike the C 
composites. Conversely, the impacted BC-HI 
exhibited back surface damages approaching the 
pattern of C laminate but without penetration. This 
was related to the presence of alternating basalt 
layers which provided enhanced compliance. To 
assess composite impact damage it is common to 
refer to two key parameters, namely the impact 
energy (Ei) and absorbed energy (Ea). Impact energy 
is the kinetic energy of the impactor right before 
contact between samples and impactor takes place, 
whereas absorbed energy is the energy dissipated by 
the system through several mechanisms like elastic 
deformation, friction, plastic deformation and, most 
importantly, by mechanisms which are peculiar to 
the material (matrix cracking, debonding, pull-out, 
fibre breakage). In most of tested samples, 
penetration did not occur and the impactor 
rebounded with an energy that is the difference 
between Ei and Ea. 
The absorbed energy can be calculated from force-
displacement curves (Fig. 2). When force-
displacement curves show a closed pattern (meaning 
that the impactor was rebounded) the area enclosed 
within the ascending and descending branches of the 
curve represents the absorbed energy. Indeed if the 
displacement returns toward the axis origin during 
unloading, it means that some elastic energy is 
recovered by the laminate. Carbon laminates have 
been the only laminates to be perforated at 25J not 

showing any energy recovery (Fig. 2c: displacement 
increases while force decreases), while basalt 
containing composites have shown a residual elastic 
response.  
Basalt and hybrid laminates absorbed more energy 
through higher overall deformation, being more 
compliant, and through delaminations. 

  (a) 

 (b) 

 (c) 
Fig. 2. Force–displacement response for impacted 
laminates at 5J (a); 12.5J (b); 25J (c). 
 
In order to assess the damage accumulated by the 
materials it is necessary to introduce a parameter 
called damage degree defined as the ratio Ea/Ei, 
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which has a value lower than unity until penetration 
is reached. Fig. 3 shows the damage degree as a 
function of impact energy for the different laminate 
configurations. It is evident that damage degree of 
carbon-epoxy laminate increased dramatically 
moving from 5J to 12.5J, and reached unity at 25J. 
This is a further confirmation of the inherent 
brittleness of C laminate, which cannot absorb high 
impact energy because of its abrupt and catastrophic 
damage mechanism. Damage degree of basalt 
containing laminates increased with the impact 
energy, reaching a maximum value of ~ 0.86 for the 
BC-HI composite. This suggests a positive role 
played by basalt fibre hybridization, which improved 
the impact energy absorption. 

 
Fig. 3. Damage degree progression of tested 
composite laminates. 
 
The ultrasonic C-scan testing method was carried 
out to evaluate damaged area that is supposed to be 
connected with the energy absorbed by the samples. 
Figure 4 shows C scan images of different samples 
impacted at 12.5J from which it was possible to 
estimate the extent of damage. The results are 
summarized in  table 1. It has been difficult to assess 
the damage caused by the impactor because of the 
additional damage introduced by the circular holder 
beneath the samples during impact tests. This was 
particularly true for the basalt laminates. This can 
explain why the data for basalt laminates in table 1 
do not exhibit a clear trend with increasing impact 
energy. 
On the whole, all the examined samples showed a 
progression in damaged area with increasing impact 
energy, though the behaviour of the various 
laminates was quite different. 

(a) 
 

(b) 

(c) 

(d) 
 

Fig. 4. Typical ultrasonic C-scan images of 12.5J 
impacted C samples (a); BC-HI samples (b); BC-HS 
samples (c); B samples (d). 
 
The carbon fibre reinforced laminate exhibited a 
small damaged area, confirming that C composite 
absorbs impact load in a brittle way. Among the 
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basalt fabric reinforced composites (hybridized or 
not) the BC-HI and BC-HS showed a wider 
damaged area suggesting that delamination between 
different kinds of layers can improve impact energy 
absorption behaviour. It is clear that BC-HI 
composite, owing to the higher number of 
basalt/carbon interfaces, seemed to dissipate impact 
energy in a wider area through multiple damage 
events. 
 

 Impact Energy (J) 
5 12.5 25 

Sp
ec

im
en

 
ty

pe
 

C 298 736 - 

BC-HI 690 966 1027 

BC-HS 594 603 999 

B 310 1048 889 

Tab. 1. Averaged damaged area in mm2 for each 
type of specimen and different impact energies. 
 
With regard to interlaminar shear strength, it is 
worth remembering that this characteristic depends 
on many parameters such as a) adhesion between 
matrix and fibre, b) constitutive materials, c) fibre 
volume fraction and d) stacking sequence. Fig. 5 
shows that B laminate exhibited the worst 
interlaminar shear strength whereas C laminate 
exhibited the best one. This result might be view as a 
consequence of a better interfacial bonding between 
carbon and epoxy matrix than the one between 
basalt and epoxy. Hybridization led to a better 
interlaminar shear strength only in the BC-HS case. 
The basalt fibre hybridization affected also the 
flexural strength and flexural modulus of laminates, 
both before and after impact. Carbon/epoxy 
composites were stiffer than basalt/epoxy ones as the 
carbon fibres had higher elastic modulus than basalt 
ones (Tab. 2). Flexural tests on specimens impacted 
at 12.5J (Fig. 6) highlighted that hybrid composites 
had flexural stiffness intermediate between 
carbon/epoxy and basalt/epoxy ones.  
The different lay-up of the hybrid composites played 
an important role on the laminate stiffness. Although 
carbon layers are stiffer than basalt ones and 
although BC-HI has less carbon layers than BC-HS, 
the former possessed higher flexural modulus among 
basalt containing composites. This is due to the fact 
that in the sandwich structure the layers bearing the 
bending load are mainly the outer ones, which in 

BC-HS samples are made of basalt (less stiff than 
carbon).  

 
Fig. 5. Interlaminar shear strength of composite 
laminates 
 
Hybridization also induced improved toughness and 
flexural strength. C composites showed a higher 
flexural strength than B ones after 12.5J impact (Fig. 
6), but hybridized configurations allowed to strongly 
improve both flexural strength and toughness with 
respect to carbon laminates, and the sandwich 
configuration seemed to represent the best 
compromise between these two competing 
requirements. 
 

 
Fig. 6. Typical stress vs. strain curves for flexural 
tests on composites previously impacted at 12.5J 
 
This happens because sandwich structure has a 
higher number of carbon layers which possess 
higher ultimate strength than basalt ones. Thus the 
flexural strength is more influenced by the fibre 
mechanical properties rather than by composite 
stacking sequence. Although the non-impacted 
laminates can be ranked from the higher to the lower 
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flexural strength in the following order: C>BC-
HS>BC-HI>B (Tab. 2), the trend was quite different 
for impacted samples, in particular as the impact 
energy increased. 
 
Specimen Flexural strength 

(MPa) 

Flexural modulus 

(GPa) 

Non-impacted 

B 229.34±3.24 14.35±0.75 
C 593.48±9.57 38.70±0.10 
BC-HI 350.84±0.30 25.84±2.78 
BC-HS 418.68±8.10 24.20±1.42 

Impact Energy: 5 J 

B 218.64±3.76 14.16±0.34
C 349.01±35.80 33.12±0.94
BC-HI 345.21±22.14 25.23±0.07
BC-HS 369.58±5.55 21.99±1.37

Impact Energy: 12.5 J 

B 207.30±3.09 13.55±0.49
C 238.59±0.50 27.29±0.27
BC-HI 304.45±8.07 23.64±0.10
BC-HS 316.77±0.79 20.59±0.06

Impact Energy: 25 J 

B 142.55±3.92 11.48±0.64
C - - 
BC-HI 259.72±2.80 20.90±0.22
BC-HS 250.79±13.45 18.58±0.03
 
Tab. 2. Summary of flexural properties for basalt, 
carbon and hybrid composites  
 
It should be noted that the increase of impact energy 
led to an increase of the damaged area, which in turn 
reduced both flexural strength and flexural stiffness. 
In order to obtain a better indication of the damage 
tolerance (residual properties after impact) the 
normalized flexural strength (or stiffness) of each 
specimen was calculated as the ratio of the mean 
strength (or stiffness) of the impacted specimen to 
the mean value of the flexural strength (or stiffness) 
of the undamaged specimen. Fig. 7 and Fig. 8 show 
the normalized flexural strength and flexural 
stiffness with respect to the increasing impact 
energy, respectively. 
After being  impacted at 12.5J, the C laminate lost 
almost 60% of its early flexural strength and almost 
30% of its early flexural stiffness whereas the 
impact at 25J led to penetration with catastrophic 

failure, confirming the worst damage resistance and 
tolerance capabilities among all considered laminate 
configurations. 

 
 
Fig. 7. Normalized residual flexural strength as a 
function of increasing impact energy 
 

 
Fig. 8. Normalized residual flexural stiffness as a 
function of increasing impact energy 
 
This behaviour was due to the characteristic energy 
absorption mechanism of C composites, which 
dissipated energy mainly by fast transverse crack 
propagation and fibre fracture. B composite showed 
a better behaviour with a more gradual degradation 
pattern because the impact energy was mostly 
absorbed by the interface failures occurring among 
laminate layers and at the fibre/matrix interface. It is 
evident the positive role played by basalt fabric on 
the post-impact characteristics of hybrid laminates. 
More specifically, BC-HI presented the most 
favourable degradation pattern as it showed the best 
damage tolerance (Fig. 7 and 8). The BC-HS 
laminate, although presenting higher quasi-static 
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flexural properties when compared to BC-HI (Tab. 
2), exhibited a steeper damage resistance drop (Fig. 
7). This has been related to the energy dissipation 
mechanism of BC-HI through multiple small 
delaminations between dissimilar layers (Fig. 9a) 
whereas the BC-HS dissipated the energy mainly 
through transverse crack propagation in carbon 
“core” of sandwich laminate and secondly through 
main delaminations at the basalt-skin/carbon-core 
interface (Fig. 9b), as confirmed by AE monitoring. 
 

(a) 
 

(b) 
 
Fig. 9. Close-up view of (a) BC-HI and (b) BC-HS 
specimens impacted at 12.5J after flexural test 
 
The time evolution and nature of different failure 
modes of composites have been studied through the 
analysis of acoustic emission signals recorded in real 
time during flexural tests on non-impacted and 
impacted composite laminates. Basalt (B) and 
carbon (C) laminates exhibited a different response 
to impact loading in terms of damage degree and 
damage tolerance. This behaviour suggested that the 
mechanisms responsible for the energy absorption 
were dissimilar. For non-impacted C laminates, very 
few AE signals were recorded until final fracture 
occurred, thus confirming the catastrophic and 
localized failure (Fig. 10). 

 
Fig. 10. Typical AE amplitude vs. time response 
during flexural test on undamaged carbon laminates 
 
Most of AE signals had amplitudes in the range 35–
50 dB, which are usually ascribed to matrix 
cracking, while few signals could be ascribed to 
fibre breakages (80-100 dB) and interfacial failures 
(55-65 dB) (Fig. 11) [7-9]. This behaviour is 
consistent with the dominant failure mode of these 
composites mainly due to multiple matrix cracks 
localized in the tensile side. The failure of carbon 
composites resulted to be therefore characterized by 
the nucleation of matrix cracks, which then triggered 
debonding phenomena and further transverse cracks 
leading to fibre failures. From the localization plots 
of AE signals (Fig. 12) it can be inferred that the 
extent of the damaged zone responsible for the 
intense acoustic emission activity was wide, as 
confirmed by the micrograph in the inset of Fig. 12. 
The impact damage caused an early onset of 
acoustic emission activity (signals of low amplitude 
and short duration) and a higher number of signals. 
This trend increased with increasing impact energy 
(Fig. 13). Impact loading caused, in brittle carbon 
laminates, an unstable damage in terms of matrix 
cracks and small debonding phenomena, which 
became active at lower stresses during the 
subsequent flexural loading. Most AE signals were 
still localized in the lower amplitude range (< 55 dB) 
thus confirming the same failure modes observed in 
non-impacted laminates even though the presence of 
impact damage seemed to quicken the process 
thanks to the splitting in the rear face. This thesis is 
supported by the localization of AE signals (Fig. 
14), which appeared to be similar to the one 
observed for non-impacted laminates (Fig. 12).  
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Fig. 11. Typical amplitude distribution during 
flexural test on undamaged carbon laminates 
 

 
Fig. 12. Acoustic emission localization plot for 
undamaged carbon laminates. The inset represents a 
close-up view of typical failure modes for 
undamaged carbon laminates 
 
Basalt laminates showed a different behaviour, 
which was characterized by significant AE signals 
since the beginning of loading also for the 
undamaged material (Fig. 15). These signals can be 
attributed to matrix cracks and interface failures. 
Compared with carbon laminates, an increase in the 
number of signals in the range 65-75 dB (pull-out) 
was observed (Fig. 16). This suggests that interface 
failures seem to be the dominant failure mechanism, 
which was mainly localized in the compression side. 
This can explain the lower strength of basalt/epoxy 
laminates compared to carbon ones. 
Failure in basalt laminates took place in compressed 
half section, whilst in carbon laminates the whole 
section was involved in the fracture process up to the 
tensile face. The fracture surface in basalt laminates 
exhibited the presence of a typical fracture pattern 
due to compression failure, consisting of fibre 
microbuckling and kink bands (inset in Fig. 16). 

 
Fig. 13. Typical AE amplitude vs. time response 
during flexural test on carbon laminates impacted at 
12.5J 
 

 
Fig. 14. Acoustic emission localization plot for 
carbon laminates impacted at 12.5J 
 

 
Fig. 15. Typical AE amplitude vs. time response 
during flexural test on undamaged basalt laminates 
 
The damaged zone so nucleated can cause 
longitudinal splitting leading to premature failure of 
the composite laminates thus preventing higher 
stresses in the outermost tensile fibres to be reached. 
Fibre microbuckling is known to occur preferentially 
in systems characterized by medium interface 
strength [10]. 
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Fig. 16. Typical amplitude distribution during 
flexural test on undamaged basalt laminates. The 
inset represents a close-up view of typical failure 
modes for undamaged basalt laminates 
 
As for carbon laminates, the presence of impact 
tended to emphasize the importance of interface 
failures (pull-out and delaminations, Fig. 17) and to 
localize the damage (Fig. 18). These interface 
phenomena, together with higher ductility, appeared 
to be the relevant energy dissipation mechanisms for 
basalt laminates.  
 

 
Fig. 17. Typical amplitude distribution during 
flexural test on basalt laminates impacted at 25J 
 
Hybrid laminates with sandwich configuration (BC-
HS) showed, compared with carbon laminates, a 
higher number of AE signals related to debonding 
phenomena located mainly in the compression side 
and due to the basalt skins. These signals were 
active at low stresses, as reported in Fig. 19. 
 

 
(a) 

 
(b) 

Fig. 18. Acoustic emission localization plot for (a) 
undamaged and (b) impacted at 25J basalt laminates 
 
Moreover, a higher number of signals characterized 
by medium to high amplitudes (60-75 dB) and long 
durations (> 1 ms) related to delaminations was 
recorded. Basalt skins, characterized by higher 
deformation, held together the carbon core that, once 
failed, caused the failure of the whole laminate (Fig. 
9b). With increasing impact energy, it is to be noted 
an increase of signals related to interface failures 
(Fig. 20). The presence of such delaminations, 
mainly localized in the compression side, quickly 
prevented basalt skins from hindering crack 
propagation in the carbon core, causing its failure. 
The growing damage localization with increasing 
impact energy supported what experimentally 
observed as regards the failure modes of these 
laminates (Fig. 21). Undamaged hybrid laminates 
with intercalated configuration (BC-HI) showed a 
significant number of signals with amplitudes > 60 
dB related to delaminations (Fig. 22). With 
increasing impact energy, a considerable rise in the 
number of signals at the very beginning of loading 
along with a growing importance of multiple 
delaminations occurred. 
 

 
(a) 
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(b) 

 

 
(c) 

 
Fig. 19. (a) Typical AE amplitude vs. time response 
during flexural test on undamaged BC-HS 
laminates; (b) typical amplitude distribution during 
flexural test on undamaged BC-HS laminates; (c) 
amplitude vs. duration response during flexural test 
on undamaged BC-HS laminates 
 

 
(a) 

 

 
(b) 

 
Fig. 20. (a) Typical amplitude distribution during 
flexural test on BC-HS laminates impacted at 25J; 
(b) amplitude vs. duration response during flexural 
test on BC-HS laminates impacted at 25J 
 
This is highlighted in Fig. 23, which shows the 
amplitude distribution of AE signals for BC-HI 
laminates impacted at 25J recorded during the first 
110 seconds of flexural loading. Such delaminations 
are diffused in the material due to higher number of 
basalt/carbon interfaces. Damage partition among 
internal interfaces enabled BC-HI laminates, 
although less resistant than BC-HS hybrids, to show 
a lower degradation of their strength at higher 
impact energies, when extensive damage was 
present. The occurrence of splitting on the rear face, 
although less evident than in carbon laminates, 
tended to promote the failure of the outermost fibre 
layer localized in the tensile side, thus leading to the 
ultimate failure of the whole laminate. 
 

 
 
Fig. 21. Acoustic emission localization plot for BC-
HS laminates impacted at 25J. The inset represents a 
close-up view of typical failure modes for BC-HS 
laminates impacted at 25J 
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(a) 

 
(b) 

 
(c) 

 
Fig. 22. Typical AE amplitude vs. time response 
during flexural test on undamaged BC-HI laminates; 
(b) typical amplitude distribution during flexural test 
on undamaged BC-HI laminates; (c) amplitude vs. 
duration response during flexural test on undamaged 
BC-HI laminates 
 
This thesis is supported by both the localization of 
damage that occurred during the last seconds of the 
test (Fig. 24) compared to the initial loading stages 
and the transition from a gradual to a more 

catastrophic failure mode at the end of flexural test, 
similar to what observed for carbon laminates. 
 

 
 

Fig. 23. Typical amplitude distribution during 
flexural test on BC-HI laminates impacted at 25J 
recorded during the first 110 sec 

 

 
(a) 

 

 
(b) 

 
Fig. 24. Acoustic emission localization plot for 
undamaged BC-HI laminates (a) during the first 110 
sec and (b) between 110 and 130 sec 
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4. Conclusions 
The effects of hybridization of basalt fibres on low 
velocity impact response, damage resistance, and 
damage tolerance capability of carbon fabric 
reinforced epoxy composites have been 
experimentally investigated. Two different hybrid 
laminate configurations were prepared: one with a 
sandwich-like stacking sequence and the other with 
an intercalated fabrics lay-up. The results indicate 
that the sandwich laminates, though substantially 
superior in terms of static properties (flexural and 
interlaminar shear strength), do appear more 
sensitive to the effect of impact damage. In 
intercalated hybrids, the higher number of interfaces 
allows a more effective damage dissipation that on 
sandwich ones thereby increasing the damage 
tolerance of carbon laminates. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

The composite materials are widely used in 

aeronautics and astronautics because of their 

outstanding mechanical-thermal performance. 

Unidirectional (UD) fiber reinforced composite is 

one of the most important materials in aeronautic 

and astronautic applications. As technology 

advances, the demands of rigorous dimension 

stability of material and structure are put forward for 

high-precision apparatus in aerocrafts. So it is 

absolutely crucial that known of the basic properties 

of material, especially the coefficient of thermal 

expansion (CTE) in designing structures with high 

dimensional stability. 

Recently, scholars have done lots of work on the 

CTE performance of unidirectional fiber reinforced 

composite [1-8]; most of the work are theoretical 

analysis of CTE by use of thermo-elastic mechanics 

or energy principles, including the work done by 

Van Fo Fy, Schapery and Rosen&Hashin etc; they 

derived explicit expressions of CTEs of composite 

by studying the properties of its constituents. Such 

methods facilitate the application, and can predict 

longitudinal CTEs very well; however, there exist 

rather large differences between the predicted 

transverse CTE and tested CTE of composite, the 

errors can be as high as 50%. Whereas, it’s crucial 

that precisely predicting the CTEs of composite to 

deign structures with high dimensional stability. 

When Finite Element Method (FEM) developed, 

Z.Haktan [6] adopted numerical methods to study 

the representative volume element (RVE) of 

composite to predict its CTEs. However, those 

RVEs are always simplified to be a single fiber 

together with surrounded matrix, thus such models 

can’t reflect the real arrangement of fiber in 

composite, nor can reflect the influence of CTEs by 

fiber arrangement. As always, fiber arrangement is 

considered to be an important factor that dominates 

interior stress that caused by temperature changes. 

Stress distribution would have a remarkable effect 

on the mechanical and thermal performance of 

composite. 

In order to explain the influence on CTEs of 

composite by fiber arrangement, models with near 

real arrangement should be considered. Chen 

Xiaoming etc. [7-11] created models by sequentially 

disturbing fibers that uniformly distributed in 

advance in random directions, thus can get models 

with randomly distributed fibers. Such models can 

be used to predict mechanical thermal properties of 

composites. But those models didn’t take the fibers 

that are cut by boundaries into account.  

Another technique to generate randomly 

distributed fiber is hard-core method [12], but such a 

method can hardly generate models with fiber 

content more than 50%. Random sequential 

adsorption method [13] developed quickly in recent 

years and it can generate randomly distributed fiber 

by adsorbing fibers to a previous one and fiber 

content in such models can be as high as 54.7%, but 

still not enough for engineering use. A.R Melro[14] 

improved an algorism based on hard-core method, 

and can make fiber content more than 60%, however, 

such an algorism is somewhat complicated.  

This paper developed a fiber random distribution 

method based on Chen[7-11]. This algorism should 

be able to deal with high fiber content model and be 

as simple as possible. 

Finally, models with unidirectional fibers 

generated by such an algorism, together with 

periodic boundary conditions, were used to predict 

the CTEs of compositeT300/5208, P75/930, P75/934, 

P75/CE339 and E-glass/epoxy. Comparisons were 

made between predicted results and experimental 
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data; compared results showed that predicted results 

well-matched experimental data. 

2 FEM Modeling 

2.1 Randomly packing of fiber 

Composites to be studied in this paper are all 

unidirectional fiber reinforced composites, and the 

fibers in the cross-plane that perpendicular to the 

fiber are assumed to be randomly distributed. This 

assumption is rational according to lots of micro-

graphic studies by other scholars. 

In order to ensure the fiber content of composite 

model can be large enough for practical usage, and 

keep the random distribution character of fiber in the 

transverse section of unidirectional fiber reinforced 

composite. A modified Random Disturbing Method 

(RDM) is put forward, which is based upon methods 

by Hai [10], Chen [11] and Wongsto [15]. RDM 

works as follow: 

(1) Input model dimension parameters 

(
f , fr , k ), so as to create the initial model which 

fibers distribute hexagonally uniformly. Where 

f stands for the target fiber content; fr is the radius 

of fiber; k controls the basic dimension of model 

and the number of fiber fN . The initial model sees 

in Fig.1 (a).   

 

Fig.1 Initial model and disturbing principle 

 (2) Generate a random number fi . Where fi  

stands for the selected fiber for ith disturbing 

process, and each fiber can only be selected once 

during all the disturbing processes.  

(3) Generate random numbers 
i and

idisp that 

attribute to a certain Poisson distribution.
i  

represents the disturbing direction relative to the 

fiber’s current position, and it should be within 

0 2 . 
idisp  is the disturbing displacement, and it 

can range from 0 to fdist .  

 2 1
12

f f

f

dist r




 
  
 
 

  (1) 

(4) Disturb randomly selected fiber fi  with para 

-meters 
i  and 

idisp .and auto count the disturbing 

times (count) for current fiber fi . Disturbing process 

sees in Fig.1 (b).  

(5) Determine whether fiber fi  the one on the 

boundary of RVE. If so, the fiber fi  must have been 

cut by boundary, the counterpart of fiber fi  that is 

fi  should be disturbed with the same parameters as 

fiber fi .this step is mainly to ensure the periodic 

boundary conditions and of composite. 

(6) Verify the distance between the fibers that 

have been disturbed and anyone else to make sure no 

fiber would overlap another. According to the 

studies by Trias D[19], the distance between any two 

fiber centers should be no less than 

 2 0.05 fr  .For the fibers on the boundary, make 

sure that they would not beyond the bound of RVE.  

(7) If current disturbed fibers overlapped any 

other fiber, then return to step (3), regenerate 
i  and 

idisp .disturb the selected fiber again until the least 

distance rules are satisfied or the disturbing times 

count exceeds a previous given disturbing time limit 

(count_limit). 

(8) If count exceeds count_limit, then return to 

step (2), redo the steps above again until all fibers 

are successfully disturbed. 

The flow chart of RDM shows in Fig.2. Such an 

algorithm can deal with RVEs with fiber content as 

high as 90%. The key point in this RDM algorithm 

is disturbing randomly selected fiber in random 

direction by random distance; no fiber overlaps, no 

fiber outturns the boundary of RVE.  
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Fig. 2 Randomly disturbing process 

2.2 Periodic boundary  

RVE represents a part of continuous material, 

which means that the unidirectional fiber reinforced 

composite can be considered as a collectivity of 

numerous such of RVEs, so the boundaries shared 

by neighboring RVE should have the same 

displacement vector while stresses in opposite 

direction [16-17]. So, periodic boundary conditions 

should be applied on the RVE to ensure the 

continuous displacement, stress and strain field. The 

periodic boundary conditions are as follows [17]: 

   , , 0, , , ,i
i i

u
u l y z u y z l i x y z

x


  


 (2) 

     , , ,0, , ,i
i i

u
u x w z u x z w i x y z

x


  


 (3) 

     , , , ,0 , ,i
i i

u
u x y h u x y h i x y z

x


  


 (4) 

In the above equations, u is displacement function; 

l, w and h stand for the dimensions of the RVE in x, 

y and z direction respectively. To explain the 

equations above, a simplified 2D model shows in 

Fig.3, where L , R , T and B  stand for the left, right, 

top and bottom boundary, they are grouped into two 

pair boundaries (L and R, T and B). The equations 

(2-4) then can be simplified as follows: 

 R RB L LBu u u u    (5) 

 T LT B LBu u u u    (6) 

 0RT LT RBu u u    (7) 

Where 
iu denotes the displacement vector of 

boundary i; iju  is the displacement vector of corner 

point intersected by boundary i  and j .other 

displacement conditions are shown in Fig.3. 

 

Fig.3 Periodic boundary principle of RVE 

2.3 Software and model  

For predicting properties of unidirectional fiber 

reinforced composite by fiber random packing 

model, one of the questions is what number of 

model would be large enough to satisfy statistics 

requirements. In this research, there are 5 models for 

each given parameter such as fiber content. Another 

problem is what size of the RVE will be ok; too 

small a model is hardly able to represent the 

characters of fiber random distributions; too large a 

model is hard to deal with, especially by numerical 

method, because the computation time increases by 

power of 3, which means if the dimensions of RVE 

doubled, the computation time will be 8 times as that 

before. According to the research done by Trias 

D[17], the critical dimension of RVE that satisfied 

statistic requirements is 50 fr . The cross-section 

dimensions of the models created by RDM are all set 

to be almost 50 times of the fiber’s radius; while the 

axial dimension is no need to obey this rule, because 
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the property  of UD composite in axial direction are 

assumed to be constant.  

 

Fig.4 Random disturbing model 

Software package Matlab R2009 and MSC Patran 

2010 were used to generate those random disturbing 

models, and Nastran 2010 was adopted to do the 

numerical analysis. One of the generated random 

disturbing finite element models is as in Figure.4. 

Blue cylinders stand for reinforcement (fiber), semi-

cylinders in two boundary pairs are counterparts of 

each other; also, the 4 quart-cylinders can be 

assembled into a full cylinder that stands for a fiber. 

The properties of constituents used for numerical 

analysis are listed in table 1-2. The data about Epoxy 

and Glass fiber are extracted from research by 

Sideridis [5], other data are taken from Bowles and 

Tompkins [18], they assumed 934,930,5208 and 

CE339 epoxy have the same properties except 

CE339 has a relative larger CTE. Also, fiber T300 

and C6000 are assumed all the properties the same. 

All fibers are transverse isotropic while matrix are 

isotropic in all directions. 

Coefficients of thermal expansion will be 

calculated by equation (8) 

 
l

a
l T





 (8) 

CTEs in x, y and z directions of each model can 

be derived from equation (8). As there are 5 models 

for each given fiber content parameter, so the final 

results are the average values in transverse and 

longitudinal directions. 

Table.1 Properties of matrix at room temperature [5,18] 

Matrix E (GPa) G (GPa) u 
α 

(1.0E-6/℃) 

934 epoxy 4.35 1.59 0.37 43.92 

930 epoxy 4.35 1.59 0.37 43.92 

5208 epoxy 4.35 1.59 0.37 43.92 

Epoxy 3.50 1.41 0.35 52.50 

CE339 epoxy 4.35 1.59 0.37 63.36 

PMR15polyimide 3.45 1.31 0.35 36.00 

 

Table.2 Properties of fibers at room temperature [5,18] 

Fiber E1 (GPa) E2 (GPa) G12 (GPa) G23 (GPa) u12 u12 
1.0E-6/℃ 

α1 α2 

T300 233.13 23.11 8.97 8.28 0.20 0.40 -0.54 10.08 

C6000 233.13 23.11 8.97 8.28 0.20 0.40 -0.54 10.08 

P75 550.40 9.52 6.90 3.38 0.20 0.40 -1.35 6.84 

Glass fiber 72.00 72.00 30.00 30.00 0.20 0.20 5.00 5.00 

 

3 Results and Conclusion  

From the properties of constituents that are listed 

in Table 1 and Table 2, it can be found that the 

unidirectional fiber-reinforced composite material 

systems have an axial fiber to matrix stiffness ratio 

(Ef1/Em) ranging from 20 to 126 and axial fiber to 

matrix coefficient of thermal expansion (CTE) ratio 

(af1/am) ranging from -0.012 to 0.096. As a result, 

this investigation covers a wide range of fiber/matrix 

combinations. 

Based on the models created by RDM algorithm, 

CTEs of UD composites with different fiber content 

are predicted. The fiber content ranges from 10% to 
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80% by10%, there are 5 models in each fiber content 

group for the statistic consideration, and the average 

CTE in each group models is taken as the final result 

of CTE. 

Comparisons are carried out among CTEs 

predicted by RDM, experiments, and some 

analytical solutions, including modified Schapery’s 

equation [6], Chamberlain’s and Scheider’s 

equations; the comparisons are carried out at 

different fiber volume fractions from 10% to 80% as 

can be seen in Fig.5-14. There are six different fiber 

and matrix systems in this paper to verify this RDM; 

they are P75/930, P75/934, P75/CE339, T300/5208, 

C6000/PMR15polyimide and E-glass/epoxy. Fig.5, 

7, 9, 11 and 13 are the transverse CTE comparisons 

of those material systems while Fig.6, 8, 10, 12 and 

14 are the longitudinal CTE comparisons. The data 

for P75/930 and P75/934 are put in one figure for 

each direction, because the two composites are the 

same material system. 

Figure 5, 7, 9 are transverse CTE comparisons for 

material system T300/5208, C6000/Pi and E-

glass/epoxy. The close distance between 

experimental data and RDM represents good 

agreement with predictions by RDM. The 

longitudinal CTEs predicted by RDM and Schapery 

that showed in Fig.6, 8 and 10 are nearly the same, 

and predictions match test data well.   

Figure 11-12 is the comparisons of predicted 

CTEs of P75/930 and P75/934 by different methods. 

Compared to CTEs predicted by RDM, Schapery’s 

methods are in less difference than the other two 

methods. It can be seen that the experimental datum 

of P75/934 is closer to RDM while P75/930 is closer 

to Schapery’s prediction. However, the longitudinal 

CTE predictions by RDM and Schapery are almost 

the same, and predictions are in good accord with 

tested data. Same response can be found for 

P75/CE339 in Fig.13 and Fig.14. 

Although the predicted results showed some 

differences among them, the trend was the same. 

That is as the fiber content increases, predicted 

CTEs decreases. The transverse CTE descends 

almost linearly, while the longitudinal CTE descends 

rapidly at first and until fiber content exceeds 60%. 

 

 

 

 

Fig.5 Transverse CTE for T300/5208 

 

Fig.6 Longitudinal CTE for T300/5208 

 

Fig.7 Transverse CTE for C6000/Pi 

ICCM19 5167



 

Fig.8 Longitudinal CTE for C6000/Pi 

 

Fig.9 Transverse CTE for E-glass/epoxy 

 

Fig.10 Longitudinal CTE for E-glass/epoxy 

 

 

Fig.11 Transverse CTE for P75/930 and P75/934 

 

Fig.12 Longitudinal CTE for P75/930 and P75/934 

 

Fig.13 Transverse CTE for P75/CE339 
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Fig.14 Longitudinal CTE for P75/CE339 

Despite errors exist, the general response behaves 

the same (decreasing longitudinal CTE with 

increasing fiber content), which indicates that the 

relative magnitudes of the fiber/matrix stiffness and 

CTE ratios do not significantly affect the general 

trend in longitudinal CTE. Furthermore, we can find 

that for a same material system, such as T300/5208 

and C6000-pi, the larger CTE the matrix have, the 

more dramatic the CTE of composite decrease until 

fiber content exceeds 60%. For a same matrix, the 

larger the modulus and absolute value of axial CTE 

the fiber have, the more dramatically the 

longitudinal CTE of such a material combination 

decreases (e.g. P75/934). 

Fig.6, 8, 10, 12, 14 are the longitudinal CTE 

response as fiber content increases. It can be 

concluded that the axial CTE of UD composite is 

dominated by the reinforcement, such as fiber. 

Usually, the fiber to matrix stiffness ratio (Ef1/Em) is 

much greater than 1.0 and CTE ratio (af1/am) smaller 

than 1.0; so, as fiber content increases, the axial 

CTE decrease rapidly at first and when fiber content 

is more than 70%, the axial CTE of composite will 

get close to that value of fiber. 

Fig.5, 7, 9, 11 and 13 show the response of 

transverse CTE as a function of fiber volume 

fraction for different material combinations. 

Experimental data and FEM results are also shown 

in figures mentioned above. The maximum error 

between RDM and experimental results is      

5.671E-6/ ℃ ,while the maximum error between 

Schapery and experimental results is 6.696E-6/℃. 

As can be seen in Fig.5, 7, 9, 11 and 13, unlike the 

axial CTE, the response of transverse CTE as a 

function of fiber volume fraction is affected by both 

the fiber to matrix stiffness ratio (Ef2/Em) and 

transverse CTE ratio (af2/am). P75/930 has a similar 

fiber to matrix stiffness ratio (Ef2/Em<1) with 

P75/CE339, so the response of transverse CTE 

decreases with increasing fiber volume fraction. 

However, P75/ CE339 has larger transverse CTE 

ratio (am/af2>1), so the transverse CTE of 

P75/CE339 drops more steeply than P75/930. 
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1 Introduction  
It is well established that composites are used 
because of their high specific quasi-static properties 
(for example tensile and flexural moduli, and 
strengths) [1] but their impact resistance is usually 
poor, and tougheners are needed to reduce this issue 
in thermosets matrices. Improvements can be 
obtained through the use of thermoplastic matrices, 
but crystallization could be an important issue when 
a semicrystalline polymer is used to increase the 
elastic modulus or have solvent resistance of the 
matrix. In this case very careful processing 
conditions must be used for evenly crystallize the 
thermoplastic matrix and avoiding the induction of 
residual internal stresses. 
Until now composites have been designed by strictly 
limiting the voids content in the matrix, because they 
are considered defective points that can originate 
cracks and lead to the failure of the laminate. 
Sandwich structures are the only composites which 
allow pores, and only outside the fiber reinforced 
layers. The sandwich approach is used to obtain very 
stiff and light structures, and is characterized by the 
bonding of a low density core (usually an 
honeycomb or a foam) to two outer composite skins 
responsible for the structural performances [2]. Both 
composites and foamed cores are usually based on 
thermosets, but also in this composite design 
thermoplastics could be preferred due to their high 
toughness, no chemical reactions during fabrication, 
short manufacturing cycle, possibility of both scraps 
recovery, in-use repairing and the possibility to 
thermoforming [3-5]. Conventional sandwich design 
does not add any contribution to the impact 
resistance; it is completely devolved to composite 
skins, which in turn rule the impact resistance and 
the damage tolerance. Several methods have been 
tried to improve the core contribution to energy 

dissipation, such as stitching [6], textile reinforced 
folded core [7], embedding of syntactic 
microspheres [8] or introduction of nanoparticles 
into the core matrix [9].  
In order to improve the impact resistance, a new 
concept for a lightweight composite structure, 
inspired to the multiscale lightweight porous 
structures of natural composites such as wood and 
bone, is proposed. It is based on high performance 
thermoplastic matrix in which large amounts of 
pores are generated between reinforcing fabric 
layers and within fiber bundles in the composite 
laminate. In order to enhance the pores morphology 
and to improve matrix properties, expanded graphite 
nanofiller has also been embedded [10-12]. 

2 Experimental 
Poly(ethylene 2,6-naphthalate) (PEN) (Teonex 
TN8065S from Teijin, Japan) was used as 
thermoplastic matrix (Tg = 125 °C, Tm = 265 °C). 
Proprietary grade expanded graphite (EG) particles 
(platelets mean width smaller than 65 µm, platelets 
thickness smaller than 1 µm) were supplied by 
GrafTech International Holdings Inc., and used to 
prepare PEN nanocomposites.  
Nanoparticles were dispersed in the polymer by 
using a Haake Rheocord (Thermo, Germany) 
PTW25P twin screw extruder at a screw speed of 40 
rpm (5 minutes of residence time). PEN samples 
reinforced with 0.1, 0.5, 1.0 and 2.5 % by weight of 
EG were prepared. Foams were obtained by using 
supercritical carbon dioxide as blowing agent and 
foamed through the solid state foaming technique.  
Glass fiber reinforced composites were prepared by 
using the film stacking process. Eight layers of glass 
fiber fabric were stacked between nine layers of 
polyester films (dimensions: 100x100 mm2). The 
glass fiber volume content was kept constant at 30% 
by volume in all samples.  
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Glass fiber reinforced foamed composites were 
prepared through a controlled expansion, in an 
aluminum mould, of the thermoplastic matrix 
preliminary solubilized with a physical blowing 
agent (carbon dioxide) at 80bar and 50°C by using a 
high pressure vessel. An hydraulic press (model 
P300P, from Collin Gmbh, Germany) was used to 
prepare samples for both composite foaming and 
mechanical characterization.  
Scanning electron microscopy (SEM) analysis on 
nanofilled matrices and foams was performed on 
cryogenic fractured surfaces with Quanta 200 FEG 
from FEI (Eindhoven, The Nederlands). All sample 
surfaces were coated with gold layer before 
observations to render conductive the specimen 
surface.  
Thermal properties of nanocomposites were 
evaluated by using a differential scanning 
calorimeter (Q1000 DSC from TA Instruments - 
USA). The crystallization temperatures (Tc) and the 
relative crystallinity (Xc) were determined from 
cooling scans between room temperature and 300°C 
at an cooling rate of 10°C/min. Relative crystallinity 
values, Xc, were evaluated as the ratio ∆Hc/∆Ho

m, 
where ∆Ho

m is the crystallization enthalpy of the 
perfect PEN crystal [13]. Graphite dispersion was 
also investigated through an XRD analyzer at room 
temperature by using a Philips X-ray generator and a 
Philips diffractometer, type PW1710. The X-ray 
beam was a nickel-filtered CuKα radiation of 
wavelength 1.54 Å operated with the voltage 
generator set to 40 kV and at a current of 20 mA. 
The diffraction intensity data were collected 
automatically at a scanning rate of 0.6°/min with 
0.02°/s steps from 5° to 60°.  
Flexural properties were measured by means of a 
universal testing machine (mod. 4304, SANS – 
China) on 22x95 mm2 samples, cut from solid (span-
to-depth ratio higher than 24) and foamed (span-to-
depth ratio higher than 13) composites according to 
ASTM D790-10 standard. Impact tests were 
performed by using a falling dart impact testing 
machine (Fractovis Plus, CEAST – Italy). 
Specimens were tested at three impact energies (8.6 
J, 43 J, and 61 J) by keeping constant the mass 
(6.929 kg) of the indenter equipped with a 
hemispherical head (diameter equal to 12.7 mm). 
The sample holder was circular, with the external 
diameter of 60 mm and the inner one of 30 mm. 
 

3 Results and Discussion 

3.1 Matrix characterization 

Expanded graphite increased the crystallization 
kinetics (higher Tc during cooling from the melt 
state) of the polymeric matrix with respect to the 
neat polymer, demonstrating that EG acted as 
nucleating agents for crystals but it also leaded to 
slightly lower maximum crystallinity, due to 
confinement mechanisms of graphite (Table 1). As a 
result the presence of EG can be exploited to tailor 
the crystallization kinetics to the specific needs of 
further matrix processing in composites. 
The characteristic graphite peak is barely visible in 
nanocomposite XRD patterns (Fig. 1), showing that 
a good dispersion of nanoparticles was achived. The 
absence of significative peaks could be related to 
both exfoliation of nanoparticles and size reduction 
due to mechanical stresses applied to the polymer 
melt by the twin screw extruder.  
 

Table 1. Relative crystallinity of Neat PEN and 
nanocomposites after cooling from the melt state and 
maximum crystallinity of matrices 
 

 

SAMPLE 
Cooling from 

Melt state 
Maximum 

crystallinity 

Xc [%] Tc [°C] Xc [%] 
Neat PEN 2.8 187.0 22.94 
PEN + 0.1% EG 19.9 205.9 20.52 
PEN + 0.5% EG 18.7 205.0 20.11 
PEN + 1.0% EG 17.7 201.6 16.72 
PEN + 2.5% EG 16.7 205.3 20.49 
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Figure 1. XRD patterns of neat PEN and its 
expanded graphite nanocomposites 
 

 
Figure 2. Characterization of nanocomposite 
matrices in the amorphous and semicrystalline state: 
A) Flexural Modulus; B) Stress at break; C) Strain at 
break 
 

Neat and nanocomposite matrices were 
characterized in both amorphous and crystallized 
state (Fig. 2). The presence of EG improved the 
flexural modulus in the amorphous state, but 
induced a slight reduction in nanocomposite 
crystallized matrice. This has been addressed to the 
reduced maximum crystallinity exhinited by 
nanocomposite samples with respect to crystallized 
neat samples. On the contrary, benefits on the stress 
at break and strain at break were obtained in 
proportion to the EG content with a maximum in the 
1.0% sample.   
Carbon dioxide uptake into nanocomposite samples 
has been measured after solubilization in a high 
pressure vessel and the sorption values are reported 
in Table 2. The presence of expanded graphite 
affects the gas uptake significantly with the increase 
of the EG content, limiting the diffusivity of the gas 
and the maximum amount of gas uptake (solubility). 
This will influence the foaming behavior of the 
nanocomposite matrices.  
 

EG content [%] Graphite 

Neat 5.2 

0.1 4.8 

0.5 4.1 

1.0 4.5 

2.5 3.5 

Table 2. Blowing agent uptake as function of EG 
content  
 

3.2 Nanocomposite foams 

The foaming process of nanocomposite matrices has 
been performed at different temperatures (from 200 
to 260°C) in order to identify the best processing 
condition which combines low density and high 
number of nucleated pores. As evident from Fig. 3, 
the presence of expanded graphite did not hindered 
foam density reduction, and for some compositions 
(0.1% EG) nanocomposite foams showed a density 
lower than that of the neat polymer. Starting from 
240°C the foam density of nanocomposite matrices 
resulted significantly higher, being affected by the 
faster crystallization kinetics induced by the 
presence of EG and the consequent reduction of the 
maximum expansion ratio.  
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EG also increased by one order of magnitude the 
number of nucleated cells with respect to neat PEN, 
also reducing the average cell size (Fig. 4). It is 
evident from the SEM micrographs in Fig. 5 the 
different cellular morphology induced by the 
presence of EG during the foaming process. This 
behavior will be still present in foamed composites. 
 

 
Figure 3. Densities of foams [reported from 12] 
 

 
Figure 4. Cell densities of PEN nanocomposite 
foams [reported from 12] 
 

Figure 5. Cell densities of A) neat PEN and B) 0.1% 
EG nanocomposite foams in the same processing 
conditions 
 
The nanocomposite with 1.0% of EG exhibited at 
220°C the best combination of nucleated cells and 
foam density and, being the best performing 
nanocomposite matrix, has been selected as 
reference composition for the preparation of 
nanocomposite foamed composites.  
For the sake of comparison, a sandwich structure 
having the same reinforcing content and density of 
foamed composites has been prepared to show how 
pores position (within reinforcing layers rather than 
between solid composite skins) is able to heavily 
affect the impact behavior of reinforced structures. 
 

3.3 Solid and lightweight composites 

Composites prepared by means of the film stacking 
technique showed a very good fiber impregnation, 
and extensive optical analysis did not reported on 
void presence into solid matrices. Furthermore, EG 
particles were detected between reinforcing fibers, 
showing that they were not sieved by fiber bundles 
and that they could be exploited to affect the 
properties of the thermoplastic matrix within fibers 
(Fig. 6). 
 

 
Figure 6. Details of fiber impregnation in the 
composite based on 1.0% graphite filled matrix: A) 
SEM image, B) graphite platelet dispersed between 
fibers 
 
Physical properties of composite structures are 
reported in Table 3. Solid composites exhibited a 
density of around 1.7 g/cm3, while pore containing 
composites exhibited a density around unity. Voids 
content in solid composites has been measured by 
means of water displacement method, and resulted 
lower than 1%. Voids in lightweight structures were 
around 40%. The matrix density calculated for 
foamed composites and sandwich are different, but 
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the pore content within the two lightweight systems 
is quite similar. It is worth to note that all samples 
were prepared by using the same amount of 
reinforcing glass fiber fabric (30% by volume). 
 
Matrix 
Type 

Neat 
Comp. 

EG 
Comp. 

Neat 
Foamed 

EG 
Foamed 

EG 
Sandwich 

Density 
(g/cm3) 

1.69 1.67 0.98 0.94 1.03 

Matrix 
Density 
(g/cm3) 

1.35 1.35 0.67 0.66 0.33 

Pores 
(Vol %) 

< 1 < 1 0.42 0.43 0.39 

Table 3. Physical data of prepared composite 
structuers 
 

 
Figure 7. Stiffness and flexural moduli of composite 
structures  
 

 
Figure 8. Absolute and specific values of flexural 
stress 

 
The flexural behavior of all composite structures has 
been evaluated. Sandwich structure and foamed 
composites exhibited higher stiffnesses with respect 
to solid composites, being thicker samples, but the 
latter showed higher flexural moduli. The 
performance gap reduces if specific values, after 
density normalization, are considered (Fig. 7). 
Flexural stress is, on the contrary, significantly 
lower in lightweight structures containing pores, also 
considering specific values (Fig. 8). This result was 
expected due to the poor shear properties induced by 
the presence of pores in the structure, and is a 
common characteristic between sandwich and 
foamed composites.  
Low velocity impact tests have been performed on 
composite structures at three impact energy values. 
The lowest value (Ei = 8.6 J) has been selected to 
investigate damages after a not destructive impact, 
well below the perforation energy of all composite 
configurations. The second impact energy value (Ei 
= 43 J) is the impact energy at which conventional 
(solid) composites are perforated. The third impact 
energy (Ei = 61 J) is the impact energy at which 
foamed composites have been perforated.  
Damages after impact in solid composites at Ei = 8.6 
J showed damaged glass fibers on the back side of 
the sample (Fig. 9A, and its magnificatioin in 9B) 
and an evident protrusion (Fig. 9C). In composite 
samples the low energy impact caused an important 
indentation under the impact zone, more pronounced 
in Neat PEN foamed samples.  
The absorbed energy as function of the sample 
density is reported in Fig. 8. Neat foamed 
composites were able to absorb more than 70% of 
the impact energy, while EG foamed composite 
behaved similarly to solid composites (Fig. 10). 
Foamed composites also showed a reduction of the 
peak force during low energy impact, as a result of 
the presence of pores. In particular, Neat foamed 
samples quite halved the peak force during impact of 
solid composites (Fig. 11). 
At Ei = 43 J both neat and EG filled solid 
composites were perforated (Fig. 9D) while foamed 
composites were able to bear the impact load 
without penetration  (Fig. 9E – 9G). In this impact 
conditions the reinforcing fabric was still in very 
good conditions and apparently was not seriously 
damaged. The increased energy absorption can be 
related to dissipative mechanisms involving the 
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polymeric matrix which are not present in solid 
composites. In Fig. 12 a magnification of the foamed 
matrix (after the 8.6 J impact from Fig. 9G) shows 
that cells between reinforcing fabrics can be 
compressed, stretched and broken due to the 
tensional state during dart penetration. Evidence of 
matrix deformations or breaking are present far from 
the impacted zone under the impactor head. This 
means that the presence of pores allows the 
spreading of the load through larger volumes with 
respect to solid composites. 
 

 
Figure 9. Cross sections of impacted samples: A) 
solid composite, B) solid composite (detail of 
broken fibers), C) solid composite (back of impacted 
sample), D) solid composite (back of impacted 
sample after 43 J impact), E) Neat PEN foamed 
composite (43 J impact), F) EG filled PEN foamed 
composite (43 J impact), G) EG filled PEN foamed 
composite (8.6 J impact), H) EG filled PEN foamed 
composite (43 J impact) 
 
Foamed composites were penetrated after 56 J and 
59 J impact energies for neat PEN matrix and 
nanocomposite PEN matrix, respectively. These 
values are up to 43% higher than those exhibited by 
solid composites. EG nanoparticles allowed an 
increase of the absorbed energy, in both solid and 
foamed composites (Table 4).  
The peak load was also positively influenced by the 
presence of EG nanoparticles and by pores (Table 
4). In particular, EG Foamed Composite exhibited a 
peak load strongly improved with respect to EG 
Composite. This performance can be explained in 
terms of reinforcing effect of EG on the polymeric 
matrix and to the finer cellular morphology induced 
during the foaming process in EG Foamed samples. 
The EG sandwich sample exhibited an impact 
resistance comparable to that of the EG solid 
composite, demonstrating that its energy absorption 
capability only depended on the reinforcing fabric 
content into the composite skins. The presence of the 

lightweight core was, on the contrary, responsible 
for the very low peak load during impact, with 
respect to all other composite configurations. 
In Fig. 13 the absolute and specific impact resistance 
of solid, sandwich and foamed composites are 
compared. It is evident that the specific impact 
resistance of foamed composite is more than 2.5 
times that of the solid composite.  
 

 
Figure 10. Absorbed energy as function of 
composite density 
 

 
Figure 11. Peak force as function of composite 
density 
 
The improved impact performance exhibited by 
foamed composites has been ascribed to complex 
dissipation mechanisms that involves both the 
foamed matrix (combination of compression, tensile 
and shear loadings) and the glass fiber fabric layers. 
Large amount of energy is dissipated through a) the 
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stretching and breaking, spread through a large area 
around the impact zone, of the foamed matrix (Fig. 
12) and b) larger deformations of fabrics (and in turn 
higher loads) permitted by the presence of pores in 
the matrix which allows a better accommodation of 
the reinforcing fibers before their failure. 
 

 
Figure 12 Magnifications of stretched and broken 
foamed matrix after impact test at a distance of 20 
mm from the impact point 
 

Matrix Type 
Peak Load  

(kN) 

Absorbed 
Energy (J) 

 
Neat Composite 5.65 39.0 

EG Composite 6.09 43.2 

Neat Foamed Comp. 6.05 56.4 

EG Foamed Comp. 8.40 59.1 

EG Sandwich 4.21 43.8 

Table 4. Absorbed enery and peak loads for 
impacted composite structures 
 

 
Figure 13. High energy impact responses 
 

4 Conclusions  

Glass fabric reinforced microcellular foams were 
prepared through the controlled generation of gas 
bubbles in a thermoplastic PEN matrix, thus 

lowering the structure density from 1.65 to less than 
1 g/cm3. The formation of a microcellular 
morphology in the composite matrix resulted in a 
slight reduction of the specific flexural modulus 
(lower than 20%) but in a strong enhancement of the 
specific impact properties (increased by 130%). The 
introduction of microcellular pores within the 
polymeric matrix and between reinforcing fibers, 
mimicked from natural composites, resulted in 
remarkable improvements of impact performances. 
Foamed composites showed residual elastic 
properties even at impact energies able to perforate 
the analogous conventional (solid) composite 
structure and beared higher impacts loads before 
failure, thus confirming the increased damage 
tolerance. 
The developed lightweight fiber reinforced structure 
exhibited strongly improved impact resistance with 
respect to the conventional solid composite, showing 
that tailored voids in composite structures could be 
exploited as tougheners to strongly enhance the 
impact resistance. This result is due to the 
introduction of new dissipation mechanisms in the 
foamed matrix and to fibers which are allowed to 
bear higher tensile loads before breaking. 
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1 Introduction  

Impacts of micrometeoroids and space debris on 

vehicles moving in space are a recognized threat to 

space missions. The consequences of meteoroid and 

debris impacts on a spacecraft can vary widely, from 

small surface indentation to clear hole perforations 

that can lead to the penetration of the impacting 

object in a spacecraft. Close to the earth surface, 

where much man-made debris is present, the 

probability of impacts with debris is particularly 

high. Even if the structural integrity is not fully 

compromised, clear hole penetrations could be 

extremely damaging if they affect tanks containing 

gases which are necessary to complete long lasting 

missions, even more so when human beings are on 

board. Therefore there is the clear need of self-

healing materials capable of immediately closing 

holes generated by impacts. In general, systems 

capable to close holes generated by impacts could 

find large application for anti-leakage purposes, for 

example in fuel or chemical storage, especially in 

environments where perforating impacts represent a 

possible loading condition. The military and 

aerospace field definitely represent two such 

environments. In those two fields a self-healing 

material could be primary applied to fuel storage 

tanks of airplanes and ground vehicles, where even a 

small perforation can have catastrophic 

consequences due to leakage of the fuel.  

The ethylene-co-methacrylic acid ionomer has been 

observed to self-heal after an impact event [[1], [2], 

[3], [4], [5]]. The self-healing performance depends 

on the projectile size, target thickness, impact 

velocity and temperature. The main advantage of the 

ionomer is that its self-healing response is an 

inherent behavior of the material [1], it occurs 

instantly without external intervention. This self-

healing behavior makes them very attractive for 

fields where impact loading is common. 

In this work, the impact behavior of a 

multifunctional plate structure, consisting of a 

carbon fiber reinforced plastics (CFRP) laminate and 

ionomer plate joined together, is investigated 

experimentally and numerically. The two materials 

are used together in order to obtain a multilayer plate 

that can self-repair holes generated by an impact 

event, thanks to the ionomer, and act as a structural 

part thanks to the CFRP. The choice of a composite 

material for the structural part of the panel is 

motivated by its high strength-to-weight and 

stiffness-to-weight ratios. In applications such as 

aerospace structures, where weight reduction is an 

important issue, composite materials represent an 

attractive choice. Currently, almost every aerospace 

company is developing products made with fiber-

reinforced composite materials [6]. 

Impact phenomena are very complex and depend on 

a number of parameters such as the projectile mass 

and shape, impact velocity, impact angle, target 

geometry, and properties of the target and impactor 

materials. Traditionally the impact phenomenon can 

be classified, based on the impact velocity, into low 

(up to one hundred meters per second), medium 

(about few hundred meters per second), high (from 

few hundred meters to few kilometers per second) 

and hyper (above few kilometers per second) 

velocity impacts. In the experiments presented in 

this paper, the multifunctional panel samples were 

impacted by aluminum spheres. The impact 

velocities ranged from 900 m/s to 1200 m/s, which 

fall in the class of high velocity impacts. The 

objective of the impact tests of the multifunctional 

plate structure was to investigate the self-healing 
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ability of the ionomer in the case of an impact event, 

when used in combination with the CFRP and as the 

inner layer, as the projectile first struck the CFRP 

and then the ionomer. So far only direct exposure of 

the ionomer to the projectile impact resulted in hole 

closure [[4], [5]], thus its self-healing ability as an 

inner layer is quite unknown. Beside testing the 

multi-functionality (hole closure), experimental tests 

also provide  valuable data for the characterization 

of the mechanical behavior of the panel in impact 

scenarios. In this paper experimental and numerical 

results will be presented and compared. 

2 Multifunctional panel 

In this study, a ionomer plate has been attached to a 

woven carbon fiber reinforced plastic (CFRP) 

laminate in order to  form a multilayer plate 

structure (Fig. 1) that can perform two functions: 1) 

support loads acting on it and 2) close holes 

generated by impacts. Such a panel represents a very 

simple multifunctional plate structure. In this 

multifunctional structure the ethylene-co-

methacrylic acid ionomer is used to provide a self-

healing ability, while CFRP is applied to give the 

structural function to the panel assembly.  

Six multifunctional panel samples were 

manufactured. Three samples have a composite 

laminate layer 1.1 millimeters thick and three 

samples have a composite laminate layer 2.2 

millimeters thick. In all samples the thickness of the 

ionomer layer was 2 millimeters. The woven carbon 

/ epoxy composite laminate layer is made up of four 

and eight laminas in the case of 1.1 and 2.2 

millimeters  thick laminate, respectively. Each 

lamina consists of a carbon-fabric/epoxy composite. 

The fabric has a five harness satin weave of carbon 

fibers. The stacking sequence of the laminas in a 2.2 

mm thick laminate is [0/45/-45/0]2, while that in the 

1.1 mm thick laminate is [0/45/-45/0]. 

3 Experiments  

3.1 Experimental set-up  

Impact tests were carried out at the CISAS 

hypervelocity impact facility (HVI) [7]. A two-stage 

light gas gun (LGG) was used. In this facility the 

projectile is pushed by a system of compressed gas 

through piston action and controlled by dedicated 

valves [8]. Fig. 2 shows the schematic of the CISAS 

LGG.  

The facility is provided with a vacuum chamber  

where the target is placed and with a laser barrier 

system to measure projectile velocity.  

CISAS LGG is able to accelerate particles from 0.6 

up to 3 mm at speed up to 6 km/s [9] but it has been 

recently updated to extend shooting capabilities to 

particles up to 12 mm in diameter. 

For the test campaign reported in this paper a special 

set-up provided with a ballistic pendulum system has 

been used  to locate the target. The experimental 

configuration can be seen in Fig. 3 [3]. 

The target was hanged to the system by four springs, 

a copper witness plate was fixed to the ballistic 

pendulum and a triangulation laser was used in order   

to measure the momentum transferred to the witness 

plate after the impact. 

Six tests were conducted using aluminum spherical 

projectiles. The target panels, as described in section 

2, were composed by a layer of CFRP and a layer of 

ethylene-co-methacrylic acid ionomer Surlyn® 8940 

(DuPont) with a density of 0.95 g/cm
3
. The polymer 

used was characterized by a content of 5.4 mol% 

acid groups, of which 30% neutralized with sodium 

[4].  

For this study 3 tests were carried out using a panel 

composed by a CFRP 2.2 mm thick and  a Surlyn® 

8940 2.0 mm thick, then 3 tests were conducted 

using a panel of CFRP 1.1 mm  thick and a Surlyn® 

8940  2.0 mm thick. 

Both impact  on CFRP side and Surlyn® 8940 side 

were investigated. 

The test matrix is presented in Tab. 1. The impact 

velocities studied were about 1.1 ± 0.1 km/s and all 

impacts were normal to the target (impact angle of  

0˚). Impact conditions were chosen in order to keep 

the same target-thickness to projectile-diameter ratio 

for the two type of targets, taking into account the 

uncertainty in target thickness measurement and the 

projectile dimensions availability.  

3.2 Results 

Preliminary results of  experimental tests are 

reported in Tab. 2 and Tab. 3.  

Preliminary results show that complete perforation 

occurred in the case of larger projectiles both in the 

case of direct impact onto CFRP and in the case of 

direct impact onto ionomer surface. For impacts of 

smaller projectiles perforation was not complete or 

the hole on ionomer side appeared to be totally 

healed. 
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The damage on the target was then analysed through 

visual inspection and image analysis. Results were 

investigated by means of superficial damage 

extension measurements and ionomer re-healing 

capability study. 

3.2.1 Post impact target inspection 

The damage extension for CFRP and 

internal/external hole for ionomer as presented in 

Fig. 4 were considered. Damage extension for CFRP 

refers to surface damage maximum visible 

extension. The external hole for ionomer refers to 

not damaged/refused area limit for ionomer. 

CFRP damage extension and ionomer hole diameter 

measurement is based on analysis of high resolution 

scanner image of the target after the impact (Fig. 4). 

Damage extension is calculated by means of 

MATLAB procedure for hole almost elliptical fitting 

of internal (clear hole) and external (maximum 

surface extension) damaged area. The results are 

reported in Tab. 3.  

A first analysis on perforation as function of target 

thickness tt to projectile diameter dp ratio (Tab. 2) 

showed that the limit for complete perforation 

occurred for 0.9 <  tt/dp < 1.2, while no perforation 

limit is for tt/dp ≥ 1.3. tt/dp = 1.2 seemed to be the 

limit for ionomer complete rehealing.  

Analysing the CFRP maximum surface damage (Fig. 

5), it seemed to have the same behavior as function 

of  tt/dp in the two impact side cases. It can also be 

noticed that CFRP damage is larger for impacts on 

ionomer side. Damage extension decreased for 

smaller projectiles, but the decreasing seemed to be 

faster with the decreasing of  tt/dp; hence target 

thickness seemed to have  higher weight. 

Visual inspection showed for each shot and in all 

cases a larger extension of damage on CFRP with 

respect to the damage on the ionomer surface.  

Damage on CFRP is larger in horizontal direction, 

probably correlated to the weave type. 

Collecting information about internal wider 

delamination was not easy. Some superficial cracks 

departed in the horizontal and vertical direction 

indicating some surface delamination occurrence. 

Damage on ionomer layer presented as a clear hole, 

in the case of perforating shots, surrounded by an 

almost circular area of fused material, probably the 

rehealed area. 

3.2.2 Self-healing 

Self-healing capability of ionomer layer was 

analysed by comparing the internal vs. external hole. 

The ratio of the two diameters as function of tt/dp is 

plotted in Fig. 6. This function decreased in the case 

of impact onto ionomer side. This fact could be the 

result of a higher healing ability of the ionomer in 

the case of a direct impact. The ratio decreased also 

for smaller projectiles. This could be explained with 

the fact that  decreasing size projectiles pass through 

the same thickness ionomer layer, even if the tt/dp is 

kept quite constant. 

4 Numerical model 

4.1 Introduction 

Due to the high cost of experimental tests on one 

side, and improvement of numerical codes 

capabilities for non-linear dynamics simulations on 

the other side, there is a tendency to use simulations 

whenever possible. The main advantage of the 

numerical codes is the possibility to investigate a 

large number of impact conditions, like various 

velocities, geometries of the target and projectile, 

materials, and so on, which is often not possible or 

available to perform experimentally.  

In this section the numerical model of the impact 

tests from section 3 is presented. The numerical 

simulations were performed using ANSYS 

AUTDYN. The AUTODYN program is a general-

purpose engineering software package that uses 

finite difference, finite volume, and finite element 

techniques to solve a wide variety of non-linear 

problems in solid, fluid and gas dynamics [10]. Such 

numerical codes are also known as ‘‘hydrocodes’’. 

4.2 Numerical set-up 

In this study, the Lagrange processor in 3D was used 

to model the target and projectile. As the targets 

were impacted approximately at their center, only 

one quarter of the plate was modeled, Fig. 7. In the 

impact zone cubic cells with a side length of 0.275 

mm were used for the target, and similar cell size 

was used also for the projectile. The cell size of the 

target gradually increases toward the plate boundary.  

The projectile was placed 0.1 mm above the target 

and an initial velocity, that corresponds to the 

experimental one, was specified for it. As the plate 

was attached to four springs, one per corner, it was 

assumed that the target is free to move in the 
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thickness direction for very small displacements that 

occur in the perforation time, so no boundary 

conditions were applied to the target. Indeed, in the 

simulations it was observed that the plate boundary 

displacement is on the order of 10
-4

 millimeters or 

less at the time of complete perforation. No data was 

available for the CFRP-ionomer interface, so the two 

plates were not connected, but were placed close to 

each other. To overcome problems caused by 

excessive mesh distortion the erosion algorithm was 

used. Instantaneous geometric strain was used for 

the erosion model. The material models used for 

each material (CFRP, ionomer and aluminum) are 

briefly described in the following. 

4.3 Material models 

4.3.1 Woven carbon fibre reinforced plastics 

The composite material was modeled using the 

AMMHIS (advanced material model for 

hypervelocity impact simulation) material model 

available in ANSYS AUTODYN. This material 

model calculates in an orthotropic material the 

contributions to pressure from the isotropic and 

deviatoric strain components, and the contributions 

to the deviatoric stress from deviatoric strains [10]. 

A brief description of the features of the model is 

given below. 

Orthotropic materials have three orthogonal planes 

of symmetry. Directions normal to the planes of 

symmetry correspond to the three principal 

directions of an orthotropic material. The stress-

strain relation for a linearly elastic orthotropic 

material is given as [6]: 
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where σij are the stress components, εij are the strain 

components, and Cij are the stiffness matrix 

components. Components of the stiffness matrix can 

be calculated from the elastic material constants, Ei, 

νij and Gij. 

In order to include non-linear shock effects in the 

above linear relations, it is desirable to separate the 

volumetric (thermodynamic) response of the 

material from its ability to carry shear loads 

(strength) [10]. To this purpose it is necessary to 

split the total strain into volumetric (εv) and 

deviatoric (   
 ) components. The volumetric strain is 

defined as:  

11 22 33vol        (2) 

Using equations (1) and (2), the linear elastic stress-

strain relation for an orthotropic material can be 

expressed as: 
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Using the definition of the pressure as the average of 

the direct stresses: 

 11 22 33
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(4) 

and substituting the direct stresses from (3) into 

equation (4) the following expression for the 

pressure is obtained 
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From equation (5) the contribution to the pressure of 

volumetric and deviatoric components of strain can 

be clearly identified. The first term on the right hand 

side of (5) can be used to define the volumetric 

(thermodynamic) response of an orthotropic material 

in which the effective bulk modulus  of the material 

K’ is given as [10]: 
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The first term on the right hand side of (5) represents 

the linear relationship between the pressure and the 

volumetric strain. In order to account for the non-

linear relationship between pressure and volumetric 

strain, the first term on the right hand side of (5) is 

replaced by a non-linear relation between the 

pressure and volumetric strain. To this end the 

following polynomial equation of state is used 

instead of the first term on the right hand side of 

equation (5): 
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where A2, A3, B0 and B1 are material constants 

obtainable from inverse flyer plate tests, ρ0 is the 

initial density and e is the specific internal energy. 

To model the onset of material failure the ‘‘Material 

Stress/Strain’’ orthotropic failure initiation model is 

used. This model allows different tensile and shear 

failure stresses and strains for each of the principal 

directions. The limiting values of the stresses and 

strains are specified by the user. When the specified 

value is reached failure is initiated in a principal 

direction. For the post failure response the 

‘‘Orthotropic Post-Failure Response’’ is used. This 

option was developed specifically for simulating the 

performance and failure, including delamination, of 

fibre reinforced composite materials [10]. For all 

failure modes, on failure initiation, the stress in the 

failed material directions are set to zero and the 

stresses in the other directions are modified in 

accordance with the loss of Poisson’s effect. After 

failure initiation, the failed material stiffness and 

strength properties are modified depending on the 

failure initiation modes [10]. 

The material properties for a woven carbon fibre 

reinforced plastics used in this study are given in 

Tab. 4. The data are obtained from different 

literature sources and some data are assumed. The 

polynomial equation of state constants were 

calculated following the procedure given in [[11], 

[12]]. For this procedure a slope of the up – Us (up – 

particle velocity, Us – shock velocity) curve is taken 

as s=0,92 [13]. 

4.3.2 Ionomer 

For the ionomer a linear equation of state, given in 

the  following expression, is used: 

p K   (8) 

In equation (8) K is the bulk modulus and   
(   ⁄ )   , where ρ is the density and ρ0 is the 

initial density. In order to model the strength effects 

of the ionomer the ‘‘Multilinear Isotropic 

Hardening’’ plasticity model is used. In this model 

the data of the plastic strain vs. stress is required. 

Those data are obtained from [6]. The stress vs. 

strain curve is approximated by a piecewise-linear 

function through ten points. A hydrodynamic tensile 

failure model was also used. A constant 

hydrodynamic tensile limit of the material should be 

specified for this failure model. If the value of the 

hydrodynamic pressure in a cell falls below this 

limit value bulk failure is assumed to have occurred 

[10]. This model avoids catastrophic failure, but 

because of its simplicity it can be only a rough 

approximation of reality. A value of -1.0E+06 kPa 

was chosen for the hydrodynamic tensile limit. 

Only the initial deformation of the ionomer was 

treated in this study, so that no self-healing behavior 

was modeled. 

The values of the ionomer density, Young’s 

modulus and Poisson’s ratio are equal to 0.95 g/cm
3
, 

350 MPa, and 0.4, respectively. 

4.3.3 Aluminum 

The projectile is made of Aluminum 1100. For this 

material a ‘‘Shock’’ equation of state of the 

following form is used [10]: 

 H Hp p e e    (9) 

In equation (9) is assumed that         
         and  
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In (9), (10) and (11) Γ is the Gruneisen Gamma, ρ is 

the density, e is the specific internal energy, ρ0 is the 

initial density, c0 is the bulk sound speed, μ is the 
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compression (  (   ⁄ )   ) and s is the slope of 

the up – Us curve (up – particle velocity, Us – shock 

velocity). The data for the equation of state is taken 

from [14].  

The strength response of aluminum is modeled using 

the Johnson-Cook strength model [15]. In this model 

the yield stress is defined as: 

*1 log 1n m
p p HY A B C T               

 (12) 

where A, B, C, n and m are material constants, εp is 

the effective plastic strain, εp* is the normalized 

effective plastic strain rate, and TH is the 

homologous temperature [TH=(T-Troom)/(Tmelt-Troom)]. 

The Johnson-Cook model is suitable for materials 

subjected to large strains, high strain rates and high 

temperatures. Failure was modeled using the 

Johnson-Cook failure model. The input parameters 

used for the Johnson-Cook strength and failure 

model for aluminum 1100 were taken from [16]. 

5 Results comparison and preliminary model 

validation 

One parameter used for the comparison of 

experiments and simulations is the hole diameter on 

the ionomer side. 

The experimental data are presented in section 3, 

while in Tab. 5 the numerical results are reported. In 

Fig. 8  the numerical and experimental values of the 

hole diameter for the ionomer are given. The hole 

obtained numerically is compared with the 

experimental external hole, because self-healing was 

not modeled numerically. For the ionomer external 

hole diameter disagreement between the 

experimental and numerical values is found for the 

cases when the impact occurred on the CFRP side. 

When impact occurs on the ionomer side the 

numerical and experimental values agree well. The 

discrepancies in Fig. 8 are probably due to the 

limitations of the material model used for the 

ionomer, as the linear equation of state was used 

because no other material data were available. 

In Fig. 9 the extension of visible damage on the 

surface of the CFRP side of the multifunctional 

panel sample is plotted. Both experimental and 

numerical results are plotted. The data for the impact 

on the CFRP side agree well, while that for the 

impact on the ionomer side show some difference. 

The discrepancy for the thinner multifunctional 

panel (shot no. 8923 – impact on ionomer side) 

increases because the fraction of ionomer in the total 

thickness of the panel increases, and consequently 

the panel response becomes more influenced by the 

ionomer. 

Fig. 10 shows the numerically obtained damage 

pattern on the CFRP for the impact no. 8905. The 

dominant failure mode is delamination and in plane 

shear failure. By observing the panel sample from 

shot 8905 detachment of the superficial layer can be 

seen (Fig. 11), which actually indicates that 

delamination and in plane shear failure occurred. In 

order to observe the sample impacted area in more 

detail, imaging by scanning electron microscope 

(SEM) was done (Fig. 11). 

In the numerical model damage extends 

predominantly in the two fiber directions, while in 

the post impact sample damage is visible mainly in 

the horizontal direction (Fig. 11). The domination of 

the detachment in the horizontal direction is 

probably caused by the weave type, as the material 

detachment is following the direction of the upper 

threads that are passing over four lower threads. 

Fig. 11 shows that there is a delaminated area also in 

the vertical direction, where close to the hole the 

material is rising up and longitudinal cracks are 

observed. With the SEM the extent of delamination 

cannot be determined. Damage detection techniques 

have to be used for the examination of the target 

interior, in order to quantify the total damage and 

further validate the numerical model. 

6 Conclusions 

The ionomer self-healing performance in a 

multilayer plate structure, consisting of woven 

CFRP and ionomer, was investigated experimentally. 

It was observed that the ionomer performance is 

conditioned by its location in the structure. If it is 

directly exposed to the impact it heals much better, 

with respect to a case where the impactor first strikes 

the CFRP and then passes through the ionomer. In 

the latter case the ionomer self-healing performance 

seems to be greatly reduced. Numerical simulations 

of the experimental tests were also performed. A 

relatively good agreement exists between 

simulations and experiments for the damage on the 

surface of the CFRP. More discrepancy is found in 

the case when the impactor hits the ionomer side 

first. Also, larger disagreement between numerical 

and experimental results is found in the external hole 

confrontation for the ionomer. This indicates that the 
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material model used for the ionomer should be 

revisited, and ionomer data for other types of 

equation of state are needed.  

Further damage inspection of the multifunctional 

panel has to be performed for the complete 

validation of the simulations. To this end, ultrasonic 

nondestructive testing will be used to examine the 

target interior. Also analysis on witness plate 

damage and ballistic pendulum measurements will 

be studied and presented in future works. 
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TABLES  

Shot 

No. 

IDt tCFRP 

(mm) 
tIon 

(mm) 
vp 

(km/s) 
dp 

(mm) 
Impact 

side 

8905 D 2.2 2.0 1.20 5.6 cfrp 

8906 F 2.2 2.0 1.20 5.6 ionomer 

8908 E 2.2 2.0 1.20 3.5 cfrp 

8922 A 1.1 2.0 1.00 3.5 cfrp 

8923 B 1.1 2.0 1.07 3.5 ionomer 

8925 C 1.1 2.0 0.94 2.3 cfrp 

Tab. 1. Test cases.  IDt is the target ID, tCFRP is the 

thickness of CFRP layer; tIon is the thickness of the 

Ionomer layer, vp is the projectile velocity and dp is the 

projectile diameter. 

 
Shot 

No. 

Sample tt/dp Impact 

side 

P/ 

NP/ 

PR 

8905 D 0.75 cfrp P 

8906 F 0.75 ionomer P 

8908 E 1.20 cfrp PR 

8922 A 0.89 cfrp P 

8923 B 0.89 ionomer P 

8925 C 1.35 cfrp NP 

Tab. 2. Perforation results. tt is the target total thickness, 

dp is the projectile diameter, P means complete 

perforation, NP means no perforation, PR means 

perforation followed by a complete rehealing. 

 

Shot 

No. 

CFRP, 

ddamage (mm) 

Ionomer, dhole 
(mm) 

dint dext 

8905 14.8 3.6 7.7 

8906 18.7 2.4 6.6 

8908 11.2 0 3.9 

8922 7.1 1.6 4.2 

8923 13.4 1.0 3.1 

8925 4.6 0 4.2 

Tab. 3. Experimental CFRP damage extension (ddamage) 

and ionomer internal/external hole diameters (dint / dext) 

obtained by image analysis. All diameters are in mm and 

are representative of average values. 

 

 

 

 

 

 

 

 

 

Parameter Value 

Equation of state: Orthotropic 

Reference density (g/cm
3
) 1.550 

Young modulus 11 (kPa) 7.000E+07 

Young modulus 22 (kPa) 7.000E+07 

Young modulus 33 (kPa) 1.200E+07 

Poisson ratio 12 0.0500 

Poisson ratio 23 0.0257 

Poisson ratio 31 0.0077 

Shear modulus 12 (kPa) 3.500E+06 

Shear modulus 23 (kPa) 3.000E+06 

Shear modulus 31 (kPa) 3.000E+06 

Volumetric response: Polynomial 

Bulk modulus A1 (kPa) 1.79139E+07 

Parameter A2 (kPa) 1.65950E+07 

Parameter A3 (kPa) -2.5223E+06 

Parameter B0  0.84 

Parameter B1  0.84 

Parameter T1 (kPa) 1.79139E+07 

Parameter T2 (kPa) 1.65950E+07 

Strength: Elastic  

Shear modulus (kPa) 3.500E+06 

Failure: Material Stress/Strain 

Tensile failure stress 11 (kPa) 6.000E+05 

Tensile failure stress 22 (kPa) 6.000E+05 

Tensile failure stress 33 (kPa) 6.000E+04 

Maximum shear stress 12 (kPa) 7.000E+04 

Maximum shear stress 23 (kPa) 7.500E+04 

Maximum shear stress 31 (kPa) 8.000E+04 

Tensile failure strain 11 0.008570 

Tensile failure strain 22 0.008570 

Tensile failure strain 33 0.0050 

Maximum shear strain 12 0.0200 

Maximum shear strain 23 0.0250 

Maximum shear strain 31 0.0250 

Failed in 11, failure mode 11 only 

Failed in 22, failure mode 22 only 

Failed in 33, failure mode 33 only 

Failed in 12, failure mode 12 & 33 only 

Failed in 23, failure mode 23 & 33 only 

Failed in 31, failure mode 31 & 33 only 

Tab. 4. Material data for woven carbon / epoxy 

composite.   
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Shot No. 
CFRP (mm) Ionomer, 

dhole (mm) dd,1 dd,2 

8905 26.40 27.12 10.54 

8906 16.50 15.96 7.16 

8908 14.28 14.82 7.78 

8922 8.82 9.92 7.42 

8923 7.70 7.68 3.76 

8925 4.92 4.92 3.50 

Tab. 5. Numerical data for the CFRP damage extension in 

direction 1 (dd,1), damage extension in 2 (dd,2) and 

ionomer hole diameter (dhole). 

 

FIGURES 

 

Fig. 1. A multifunctional panel sample. 

 

 

Fig. 2. CISAS LGG schematic [8]. 

 

 

Fig. 3. Experiment configuration scheme. 

 

 

Fig. 4. Example of CFRP damage extension and ionomer 

internal / external diameter identification. Figure a) shows 

the case of damage extension (dotted line) for CFRP side. 

Figure b) shows the case of internal (solid line) and 

external (dotted line) hole for ionomer side.  

 

 

Fig. 5. Maximum damage extension on CFRP surface  as 

function of target thickness to projectile diameter ratio. 

Empty markers refer to shot on CFRP side, while filled 

markers refer to shot on Ionomer side. 

a) b) 
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Fig. 6. Re-healing Ionomer capability investigated as ratio 

between Ionomer internal and external hole as function of 

target thickness to projectile diameter ratio. Empty 

markers refer to shot on CFRP side, while filled markers 

refer to shot on Ionomer side. 

 

 

Fig. 7. Projectile and target at the initial step, only one 

quarter of the model is shown. 

 

 

 

 

Fig. 8. Experimental and numerical external hole diameter 

for the Ionomer as function of target thickness to 

projectile diameter ratio. 

 

 

Fig. 9. Experimanetal and numerical data for the damage 

extension on CFRP as function of target thickness to 

projectile diameter ratio. 
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Fig. 10. Material damage from numerical simulation, shot 

8905. 

 

 

Fig. 11. High resolution scan (left) and SEM (right) image 

of the damage after impact test 8905. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
In recent years, several measures for the better 
global environment have been taken in a variety of 
different fields. In a transportation sector, it is 
expected to install lightweight materials to 
automotive body structure for fuel efficiency.  
Carbon fiber reinforced thermosetting plastics 
(CFRTS) have been mainly used as a material for 
aircrafts, while in recent years, carbon fiber 
reinforced thermoplastics (CFRTP) have particularly 
been expected as a promising material for 
automobiles because of their high-cycle 
manufacturing. 
Among several kinds of CFRTP, discontinuous 
CFRTP are especially expected as a material for 
products with complex shape, because of its high 
formability. Discontinuous CFRTP is expected to be 
formed by compression molding. However, material 
flow during manufacturing process is well known to 
affect fiber distribution and hence mechanical 
properties of discontinuous FRP products.  [1] 
It is expected that discontinuous CFRTP is formed 
through compression molding. During molding, state 
of reinforcement may be influenced because fiber 
distribution and orientation change, and mechanical 
properties are changed from materials before 
molding. 
However, relationship between compression 
molding and reinforcement of CFRTP has not been 

investigated. Then, in order to know influences of 
compression molding to mechanical properties of 
material flow during compression molding, flexural 
properties of materials after molding were compared 
with originals.  
In this study, the mechanical expanding rate in 
compression molding was varied to investigate the 
influence of material flow during molding on 
flexural properties of two types of molded materials, 
CMT and CTT.  In this study, how states of 
reinforcement of CFRTP change by different press 
conditions of compression molding, and how it 
influences on mechanical properties was 
investigated. 

 

2 Experimental procedure 

2.1 Materials for Compression molding 

Two types of CFRTP were used in this test;  
The tested materials were carbon fiber mat 
reinforced thermoplastics (CMT) preform as shown 
in Fig.1 and chopped carbon fiber tape reinforced 
thermoplastics (CTT) preform as shown in Fig.2. A 
sheet of CMT preform is 1 mm in thickness, which 
consists of four layers of carbon mat sheets. Each 
fiber from carbon fiber mat is dispersed randomly 
and hence CMT shows quasi-isotropy in plane. CTT 
preform also shows isotropy, since it is composed of 
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randomly dispersed UD chopped tapes. Table 1 
shows the basic specifications of these preforms.  
 
 
2.2 Investigation of test conditions 
In order to investigate general aspect of compressed 
discontinuous CFRTP, simple compression tests 
were performed on cylindrical samples of CMT and 
CTT. Samples were squeezed between two plates. 
Initial diameter was 50 mm. Seven different loads 
were tested. Four different temperatures were tested, 
i.e. 170℃ , 180℃ , 190℃  and 200℃ . The 
thickness of compressed samples was 
recorded after the experiments.	 Fig.3 and 
Fig.4 show typical specimens before and 
after compression of CMT and CTT. Fig.5 
and Fig.6 show thickness of compressed 
specimens of each initial pressure. It was found 
out from the obtained data that there were big 
difference between thickness of samples compressed 
with 5 MPa and 10 MPa. And there were also big 
difference between thickness of samples compressed  
under 170℃ and 180℃. 
 
 
2.3 Conditions of Compression Molding 
In order to investigate characteristics of materials 
after molding, the preforms were pressed under 
different conditions. Fig.7 shows a schematic 
diagram of compression molding. A press machine 
used in this study was equipped with a rectangular 
mold of 240 mm×200 mm. As shown in Fig.8, 
tested ratios of charge（area ratio） were 100%, 
50%, and 33%. Initial height h of which were 2, 4, 
and 6 mm, so that the thickness of compressed 
material became 2 mm. Molding temperatures were 
180℃ and 200℃. 
 
 

2.4 Observation 

States of molded plates were observed.  
Fig.9 and Fig.10 show appearances of CMT and 
CTT plates after molding. Materials were fully 
extended in x-direction under each pattern of charge 
(100%, 50%, and 33%). In order to observe structure 
of remained carbon fiber, the resins of the molded 
plates of  CMT under the various conditions were 
burnt out at 400℃. As seen in Fig.11, layers of a 

piece of a plate after burned were separated. Length 
in x-direction of extended carbon mat sheet was 
different from sheet to sheet. Inner layers of CMT 
were fully extended in x-direction, while outer 
layers were not. The external layer was only 
extended 20% of initial length in both 50% and 33% 
charge plates. Fig.12 shows 50% charge CTT before 
and after molding. A line which had marked on the 
edge of the plate before molding moved about 20% 
in x-direction. Fig.13 and Fig.14 show in a 
schematic manner how materials are compressed in 
z-direction and extended in compression molding in 
CMT plate and CTT plate.  
 

 

2.5 Three-point bending test  

To understand the influence of material flow on the 
strength of the material, three-point bending test was 
conducted. 
The flexural strength  is  
 

                                                   (1) 

 
where  is a maximum load, L is a span length 
(32 mm), w is a specimen width (15 mm), and t is a 
specimen thickness (2 mm). 

In order to know whether strength show isotropy in 
the molded plate or not, 13 CMT specimens were 
cut from 90° to the material flow direction (x-
direction), and seven specimens  from 0°  , as 
shown in Fig.15 and  Fig.16 (outer line is an edge of 
a molded plate). Six CTT specimens were cut from 
90° to the material flow direction, and 3 specimens  
from 0°. Fig.17 and Fig.18 show volume fraction 
(Vf) of the molded CMT plate and CTT plate. 
 

 

3 Results and Discussion 

3.1 Results of three-point bending tests 

The test result of flexural strength  is shown in 
Fig.19 and Fig.20. 

!max

!max =
3
2
PmaxL
wt2

Pmax

!max

ICCM19 5191



 

3  

It was found out from the obtained data that the 
flexural strength of specimens cut from 90°was 
smaller than initial strength (strength of specimens 
cut from materials compressed in condition of 100% 
ratio of charge) of both CMT and CTT. The flexural 
strength of CMT specimens cut from 0°was also 
smaller than initial strength, while larger in CTT. 
Difference between flexural strength between plates 
of 50% and 33% in charge pattern was not clear. 
Difference between flexural strength between plates 
molded at 180℃ and 200℃ was not clear. 

 

3.2 Fiber distribution 

As shown in Fig.11, only inner layer of mat was 
extended completely because of fountain flow in 
CMT. Outer layer was extended by 10% of initial 
length. Interlayer slip was observed because 
interlayer friction is bigger than in-layer friction. As 
shown in Fig.12, only inner part of the material was 
extended completely because of fountain flow in 
CTT. Outer part was extended by 10% of initial 
length. 

 

 

3.3 Volume fraction 

As shown in Fig.17 and Fig.18, difference of 
volume fraction (Vf) of different position of CMT in 
x-direction was no bigger than 2.5%. Also, 
difference of Vf of different position of CTT in x-
direction is no bigger than 1.0%, as shown in Fig.13. 
Thus, changes of flexural strength of molded plates 
were not the result of the change or difference of Vf. 

 

3.4 Fiber orientation 

The molded plates under the various conditions were 
burnt to take the photograph for investigation of 
fiber distribution and orientation. In addition, a 
microscope was used to investigate the fiber 
distributions and orientations in the specimens. In 
Fig.21, the photographs obtained from the burnt 
specimen are given. It can be seen in this figure that 
some fibers were aligned to the flow direction at the 
original (①) and the center region (②). At the edge 
region (③), many fibers are parallel to the side wall.  

 

4 Conclusions 

It became clear that flexural properties were greatly 
influenced by anisotropic fiber orientation occurred 
during material flow. In CMT, mechanical 
properties dropped in both directions because of 
interlayer slip. The fibers were distributed randomly 
at the beginning, but the orientation and distribution 
were aligned to the material flow direction. 
Mechanical property of CTT specimens cut from 
0°improved.  Thus, condition during compression 
molding is important in obtaining in-plane isotropic 
mechanical properties. 
 
 

 
Fig.1 Structure of CMT 

 
 
 

 
Fig.2 Structure of CTT 
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ランダムに配列

CF mono filament

ICCM19 5192



 

Table 1  Properties of base materials 
 CTT CMT 
Reinforcement (CF) TR50S T700 
   

CF/PP   

Vf  45% 20% 
Interfacial Shear 
Strengthi 17.7 MPa 13.3 MPa 

Interlaminar Shear 
Strengthii 13.1 MPa 28.7 MPa 

 iFragmentation Test, iiDouble-notch Shear Strength Test[JIS K7092]. 
 
 
 

 
Fig.3 Typical simple compression experiments 

(CMT) 
 
 
 

 
Fig.4 Typical simple compression experiments 

(CTT) 
 

 
Fig.5 Thickness of specimens under each initial 

pressure (CMT) 
 
 

 
Fig.6 Thickness of specimens under each initial 

pressure (CTT) 
 

 
Fig. 7 Schematic diagram of compression 

molding 
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Fig.8 Charge patterns 

 

 
 

Fig.9 Appearance of plates after molding (CMT) 
 
 
 

 
 

Fig.10 Appearance of plates after molding (CTT) 
 

 

Fig.11 Extended carbon mat sheets 
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Fig.12 CTT plate before and after molding 
 

 
Fig.13 Molded model of CMT 

 
 

 
 

Fig.14 Molded model of CTT 

 

 
Fig.15 Specimen cut pattern  

(90°specimen) 
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Fig.16 Specimen cut pattern 

(0°specimen) 

 

 

 
 

Fig.17 Vf (CMT) 
 
 
 

 
 

Fig.18 Vf (CTT) 

 

 

 

Fig.19 Test result (90°specimen) 

 

 

Fig.20 Test result (0°specimen) 
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Fig.21 Photographs of fiber distribution in burnt 

plate molded with 50% ratio of charge 
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Abstract  
Continuous fibrous composites are found to be 
increasingly used in many lightweight structures 
such as automotive applications which are mostly 
subjected to cyclic loads. Recent investigations are 
interested in composites durability. 

 
The purpose of this work is to study the onset and 
growth of types of damage occurred under static and 
fatigue loadings such as transverse cracks and 
delamination. 
The material under investigation is E-glass fibre 
reinforced epoxy matrix. 

 
Experimental tests were carried out to identify types 
of damage occurred under both static and fatigue 
loadings. 
Damage modes are identified using microscopic 
observations and acoustic emissions recording as a 
non-destructive technique to detect damage during a 
tensile loading and to identify the chronology of 
micro-level damage development. 
 

 
 

1. Introduction  

This study deals with the modelling of the 
behaviour of laminated glass/epoxy composites 
under static and fatigue loading. Both Acoustic 
emission and microscopic were used in order to 
provide a better characterization and 
discrimination of the different damage 
mechanisms. 
 
 

2. Material and methods 

2.1 Material 

In this work, a glass/epoxy woven fabric was 
studied. Specimens are cut into the epoxy resin 
based 2D glass fibre woven fabric RTM laminated. 

Resin Transfer Moulding (RTM) is the processing 
technology used to manufacture laminates. 

Figure 1 shows the glass woven fabric without resin. 

The composite consists of 10 layers. Each ply is a 
2D glass fibre woven fabric: 97% of the glass woven 
fabric are in the warp direction (0°). While 3% are in 
the weft direction (90°). 

 

 

 

 

 

Fig.1. 2D glass fibre woven fabric 

In order to determine material elastic properties, 
quasi-static tensile tests at 0°, 45° and 90°were 
performed in addition to short beam shear tests at 
both 0° and 90° directions. 

The table 1 summarizes the material properties 
obtained by mechanical characterization tests. 
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The testing program consisted of quasi-static 
and constant-amplitude cyclic loading of 
laminated specimens. 

 

2.2 Quasi-static tests 

Monotonic tensile tests were performed under 
displacement control with a fixed cross head 
velocity of 1 mm/min. 
Specimens 250 mm long by 25 mm wide with a 
thickness of 4 mm were cyclically tested at a 
loading rate of 1MPa/s in a servo-hydraulic 
testing machine. 
Figure 2 shows the loading/unloading procedure 
used.  An observation period at each level of 
stress was scheduled to microscopic 
observations of specimen side. 
 

 
Fig.2. Quasi-static loading/unloading test procedure 

Stress and longitudinal strain were monitored by 
means of the machine load cell and a 25 mm 
extensometer. 

To provide a better characterization and 
discrimination of the different damage mechanisms, 
both acoustic emission and microscopic observations 
were used. (Fig.3) 

 
Fig.3.Experimental set-up 

2.3 Tensile-tensile fatigue tests 

Tensile-tensile fatigue experiments were performed 
at a frequency, f = 5Hz, with a stress ratio R=0.1      
(R= σmin/σmax). The specimens’ dimensions are the 
same used in quasi-static tests. 
Also, acoustic emission records and microscopic 
observations after a certain number of cycles were 
used to understand fatigue damage mechanisms.  

 

3. Results and discussion 

3.1 Damage mechanisms 

 a. Static loading 
Different damage modes occurring during tests were 
identified using microscopic observations during 
quasi-static tensile loading. Furthermore, the 
chronology of micro-level damage development was 
established.  
At a stress level state of 300 MPa, main damage 
modes observed are: debonding, weak fibres failure 
and matrix cracking. These types of damage create 
the first macro defect: transverse cracks. 

Acoustic 
emission 
sensors 

Camera 

The 
specimen 
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FATIGUE AND STATIC DAMAGE MODELLING OF CONTINUOUS 
GLASS FIBRE /EPOXY COMPOSITE

 
Fig.4. Transverse cracks; matrix cracking, weak fibres failure 

The formation of transverse cracks in the fibres 
perpendicular to the loading direction can be 
explicated by the stress concentration due to the 
weaving. (Fig.5) 
 
 

 
Fig.5. Transverse cracks creation 

 
Then, the main modes of failure are delamination 
between wefts and wrap fibres, and fibres breaking 
as it shown by Fig.6. 
Finally, (at a level stress of 850MPa) a longitudinal 
crack was created by the formation of microcracks 
in the matrix and then the fibres (Fig.7). 
 
Due to the brittle behaviour of the material, the final 
failure is coincident with the rupture of the sample.  
 

 
Fig.6. Delamination initiation between wrap fibres (0°) and weft 

fibres (90°) 

 

 
Fig.7. Longitudinal crack 

 
Figures 8 and 9 show the cumulative AE energy and 
cumulative AE event count. The damage onset is 
detected already at the beginning of the test (at 200 
MPa stress), when a few low energy occur with low 
frequency. The corresponding stress level is denoted 
as E1 and can be attributed to initiation of new 
transverse cracks in the weakest locations.  
Up to this level stress, the number of transverse 
cracks increases rapidly up to saturation density. 
Delamination initiation between wrap fibres (0°) and 
weft fibres (90°) is shown by figure 6. 
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By the end of the test, the frequency increases, both 
the energy content and event count rise quickly, and 
the specimen starts to emit popping sounds 
indicating extensive appearance of relatively larger 
transverse and longitudinal cracks. The 
corresponding stress level is denoted as E2. 

 
Fig.8. Evolution of absolute energy with stress level (using AE) 

 
Fig.9. Evolution of acoustic events number with stress level 

(using AE)  

 

b. fatigue loading 

It was difficult to achieve tensile-tensile fatigue tests 
at direction 0° because of high clamping stress at the 
heels.  

Fig.10 shows that highest temperature is localized at 
the heels of the specimen. This information is an 
indication of stress concentration in these zones. 

This problem was solved by reducing plate’s 
thickness to 2 mm. 

 

 
Fig.10. Temperature profile of the sample under fatigue loading  

 

To investigate damage mechanisms, acoustic 
emissions recording were used to detect cracks. 
Microscopic observations of specimens’ side at a 
given number of cycles provided more accurate 
description of damage mechanisms evolution. 

Fatigue damage includes mainly these failure 
modes: transverse matrix cracking, delamination, 
splitting and fibre fracture. (Fig.11) 

 

Fig.11. Microscopic observation of damage modes under fatigue 
loading 

 

We notice that failure modes under fatigue loading 
are the same as static damages.  

Figure 12 shows acoustic emissions records during a 
tensile-tensile fatigue test at direction 0°.  

We can distinguish two damage modes: transverse 
cracks and final longitudinal cracks. 

E 1 
E2 
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FATIGUE AND STATIC DAMAGE MODELLING OF CONTINUOUS 
GLASS FIBRE /EPOXY COMPOSITE

Another result similar to static behaviour is that no 
loss of stiffness to be mentioned under fatigue 
loading.  

 

Fig.12. Evolution of acoustic events number with stress level 
(using AE sensors) 

 

 Conclusion 

This paper discussed experimental results damage 
mechanisms under both static and fatigue loading. 

This work demonstrates the potentiality of acoustic 
emission to understand the damage mechanisms that 
occurs during a tensile test; 

Fatigue tests allow a better comprehension of 
damage mechanisms by establishing damages 
chronology.  

Damage mechanisms are similar under both static 
and fatigue loadings. 
 
Future work will be focused on how to use a 
“classic” failure criterion such as Tsai-Wu criterion 
in the case of real automotive part where stress 
distribution is not homogeneous. 
As observed damages have no effect on stiffness 
loss, we will try to determine the threshold size of 
damaged zone from which macroscopic properties 
can be affected. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Over the last decade, Fibre Reinforced Plastics 

(FRPs) have seen further significant uptake into 

structural applications within the aerospace, 

automotive and energy sectors. The primary drivers 

for this increase in FRP use are the specific 

properties (i.e. strength and stiffness to weight 

ratios) that are achieved when compared to 

conventional materials. Despite the mechanical 

advantages that can be gained by using FRPs instead 

of conventional materials, there are still many 

barriers that prevent this step change being 

implemented by some industry sectors. One of these 

barriers is the cost and complexity of manufacturing 

and processing FRPs. 

 

Advances in polymer technology have led to 

extensive development of high performance 

Thermoplastic Composites (TPCs) which not only 

exhibit mechanical properties comparable to 

Thermosetting Composites (TSCs), but can be 

formed and pressed under heating using similar 

approaches to sheet metal processing techniques. 

These rapid production and processing techniques 

are enabling TPCs to enter high production rate 

industry sectors (e.g. automotive) that were 

previously not favoured for TSCs.  It is almost 

inevitable that TPC components will need to be 

joined, either to each other or to other materials.  As 

with thermosetting composites, the introduction of 

holes or cut-outs for mechanical fastening leads to 

associated challenges. 

 

Machining holes for mechanical fastening of 

composites is a significant issue within the 

composites industry and is still fraught with 

problems. Current machining processes include, 

among others, conventional drilling, laser machining 

and abrasive water-jet cutting. These are all material 

removal processes that rely on cutting the fibres and 

matrix to create a hole. Cutting fibres in this way 

removes the load transfer paths in this region, to the 

detriment of structural performance.  

 

Conventional drilling is currently the most 

commonly employed material removal technique. It 

is a relatively inexpensive method of machining 

holes (when compared to laser or water-jet 

machining) that can be used on large, non flat, 

structures without significant complications. Despite 

this, the damage inflicted on a composite structure 

when drilling holes gives rise to stress 

concentrations that reduce the mechanical 

performance. If drilling parameters are not carefully 

selected and controlled then delaminations, at the 

top and bottom surfaces of the laminate, and 

degradation of the hole wall can result from the 

drilling process [1-3]. These problems provide a 

need for research into new methods and processes 

that can lead to cost savings via weight reductions, 

processing time reductions or fewer part rejections. 

 

As an alternative to machining, material 

displacement processes can be applied to composites 

to create holes for fastening without removing the 

load carrying fibres from the structure. Moulding-in 

holes is a method used to displace fibres around an 

insert and into the surrounding volume to retain the 

load carrying fibre paths. The retention of fibre 

continuity around the hole permits higher notched 

and bearing strength through a reduction in stress 

concentrations around the hole when compared to 

conventional drilling [4] [5]. 

 

Thermal piercing is another material displacement 

process that can be used to displace fibres around a 

hole in TPCs at various stages of manufacture or 

subsequent processing [6]. In this process, multiple 
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interactions occur between the piercing pin and the 

composite laminate which will damage fibres, affect 

(local) fibre architecture and volume fraction, and 

influence hole surface quality. In this regard, the aim 

of the present study is to determine the feasibility of 

a thermal piercing technique to replace conventional 

machining processes for producing holes in TPCs. 

Specifically, an investigation has been undertaken 

into the variables associated with a thermal piercing 

process. The process is used to produce holes in post 

manufacture TPC parts for mechanical fastening. 

 

The structure of the paper is as follows. First the 

results are reported from feasibility trials in which 

the notched strength of thermally pierced specimens 

is compared with conventionally drilled specimens. 

Following this preliminary study, an instrumented 

piercing rig was designed, which enables the force-

displacement response to be monitored during the 

penetration process. Initial results are presented 

which enable the load-displacement response to be 

compared for different spike angles.  

 

2 Feasibility Trials 

Feasibility trials were undertaken to assess the 

ability of the thermal piercing technique to produce 

holes in a TPC. The three stage technique consisted 

of a heating stage, with the laminate under a 

restraining pressure (Fig. 1a.), a piercing stage (Fig. 

1b.) and a cooling stage, under continued restraining 

pressure (Fig. 1c). 

 

The experimental set-up comprised a compression 

system to restrain through thickness expansion of the 

laminate when it was locally heated, a heat input in 

the form of an induction coil and a pneumatically 

driven piercing spike. Once the laminate was at the 

required temperature (~350°C) the locally molten 

area of the laminate was pierced. 

 

A cross ply, continuous carbon fibre reinforced 

Polyetheretherketone (PEEK) composite was used 

for the experiments. With a melting temperature of 

343°C the laminates were locally heated to above 

their melting temperature (~350°C) before piercing. 

The laminates were 2.1 mm thick and pierced using 

a 6 mm diameter, untreated, stainless steel spike 

with a 30° spike angle (Fig. 2). 

 

The notched tensile strength of the thermally pierced 

laminates was compared with conventionally drilled 

specimens (Fig. 3). The tests were conducted 

according to ASTM 5766/D5766M. The resultant 

notched strength of the specimens was 

approximately 8% stronger than the conventionally 

drilled specimen strengths. 

 

The thermally pierced specimens were sectioned and 

polished across the diameter of the hole (Fig. 4) to 

reveal the hole internal surface and the resultant 

laminate structure after piercing. Using Scanning 

Electron Microscopy (SEM) (Zeiss 1455EP) there 

was significant damage seen as a consequence of the 

piercing process (Fig. 5, 6). Large regions of fibre 

fracture were seen around the hole surface due to the 

interaction with the piercing spike as it travelled 

through the laminate. There was also considerable 

ply distortion around the hole edge where molten 

material was forced away from the hole region. This 

material would have been molten during the initial 

period of piercing. Since the heat input was 

deactivated immediately prior to heating, the 

laminate is constantly cooling whilst the piercing 

spike is travelling through the laminate. Therefore, 

matrix cracking can occur at the hole edge where the 

laminate temperature has locally reduced to below 

its melting temperature while the spike is continuing 

to displace material (Fig. 7). 

 

3 Instrumented Piercing 

Subsequent to the feasibility trials, instrumented 

piercing tests were conducted to evaluate the force-

displacement characteristics of various spike 

geometries. The experimental set-up was modified 

from the feasibility trials to enable measurement of 

both the resisting force on the spike and the 

displacement of the spike through the laminate. The 

set-up can be broken into three main parts: the 

clamping system, the heating system and the 

instrumented piercing system (Fig. 8). 

 

The clamping system was a manufactured steel 

frame that allowed the clamping force (applied 

pneumatically) to be transmitted around the 

instrumented piercing system and onto the laminate 

surface. The method of heating, as mentioned 

previously, was via induction that could provide low 

heat up times within susceptor materials. Cross-ply, 

continuous carbon fibres were used here, so the 
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laminates could undergo induction heating relatively 

easily. With induction as the heating method, the 

clamping system included two ceramic blocks that 

were used to apply pressure onto the composite. This 

prevented the clamping surfaces heating more 

rapidly than the composite, which would occur if the 

clamping material was a susceptor metal. The 

piercing system uses a pneumatic cylinder, housed 

within the clamping frame (Fig. 9), to drive the 

instrumented piercing spike through the laminate 

when molten. The system records the resistive force 

data and the displacement of the spike. 

 

The instrumented piercing experiments were carried 

out in a similar way to the trials. First the laminates 

were clamped under pneumatic pressure before 

being locally heated to above their melting 

temperature (~350°C). Once the target temperature 

had been reached, the piercing spike was driven 

through the laminate while measuring the resistive 

force and corresponding displacement of the spike. 

The spike diameter was 6 mm and constructed from 

untreated stainless steel (as used previously). For the 

instrumented piercing, three different spike 

geometries were used with spike angles of 20°, 30° 

and 40°. Cooling under pressure and ambient 

conditions was continued until the laminate was 

below the glass transition temperature and the spike 

was removed prior to releasing the clamping 

pressure. 

 

The force and displacement measurements were 

taken for two sets of instrumented piercing 

experiments for each spike geometry. The individual 

spike geometry plots for the 20°, 30° and 40° spike 

geometries (Fig. 10, Fig. 11 and Fig. 12 

respectively) were plotted to show their relationship 

to the spike length (determined by the spike angle).  

 

Similar features can be seen in the force-

displacement plots for all spike geometries tested. 

The initial piercing stage of the process is shown by 

a non-linear increase in force as the spike makes 

contact with the top of the laminate. The contact 

area continues to increase as the spike tip progresses 

through the laminate and results in the increasing 

resistive force measured. 

 

The spike tip will exit the back of the laminate as the 

displacement increases further. This leads to a 

change in the contact area and a modification of the 

force-displacement curve. 

 

The force then reaches a maximum before reducing. 

The point at which the peak force occurs appears to 

be at a value of displacement at which the parallel 

sides of the piercing spike meet the top surface of 

the laminate (indicated with a dashed line on Fig. 10, 

Fig. 11 and Fig. 12). 

 

After the maximum force, the parallel sides of the 

spike are beginning to enter the top of the laminate. 

The parallel sides provide no contribution to the 

projected contact area between the spike and the 

laminate. Therefore, from this point onwards the 

projected contact area is decreasing while the spike 

continues to exit the back of the laminate. This is 

associated with a reduction in resistive force on the 

spike with increasing displacement (Fig. 10, Fig. 11 

and Fig. 12).  

 

Subsequently, the spike will fully exit the back of 

the laminate and the parallel sides of the spike pin 

will remain as the only contact region between the 

outside of the spike and the inside of the hole. At 

this point the projected contact area has reduced to 

zero and the measured force is principally due to the 

friction between the spike surface and the hole wall. 

 

Comparing the force-displacement data for the three 

spike geometries shows that the spike geometry 

influences the peak force during piercing and the 

corresponding displacement at which it occurs 

(Fig. 13). For the sharpest spike geometry, 20°, the 

peak force measured is lower than the force 

measured for the 30° spike, which in turn is lower 

than the force for the largest spike angle of 40°. This 

trend is expected since the projected area in contact 

with the laminate is directly related to the spike 

angle. Reducing the spike angle will, therefore, 

reduce the maximum projected contact area between 

the spike and the laminate and lead to a reduction in 

maximum resistive force on the spike (Fig. 13). 

 

The location of the peak force is also governed by 

the geometry of the spike. The length of the conical 

section of the spike (before the spike becomes 

parallel) will be determined by the spike angle. For 

smaller spike angles, this length will be increased 

and the peak force will be experienced at a larger 
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displacement than for larger spike angles. This 

expected trend can be seen in the data (Fig. 13) 

where the peak force is not only lower for the 20° 

spike, but also occurs at a larger displacement than 

for the 30° spike. The same trend is apparent when 

comparing the data for the 30° and 40° spikes. 

 

After the spike emerged from the back face of the 

laminate and only frictional forces were measured, it 

seemed reasonable to assume that the frictional force 

should be the same for all three spike geometries, 

since the shaft diameter is the same in each case. 

The measured data does not support this, however, 

and can be seen to show varying frictional values 

(Fig. 13) in this final stage. This may be because of 

elastic contraction of the hole around the spike. The 

heat input was deactivated upon piercing so the 

laminate continued to reduce in temperature for the 

duration of the piercing stages. For larger spike 

angles the spike length is shorter and, hence, the 

piercing process occurs over a smaller displacement 

of the spike. For a constant spike displacement rate, 

this reduction in vertical displacement will decrease 

the time for the piercing process to be completed. 

The shorter time means that the laminate will not 

locally cool to the same extent as for piercing with 

sharper spike geometries. This would allow more 

viscous flow of the higher temperature matrix and 

result in a reduced elastic contraction around the 

spike and a lower final frictional force, as seen in 

Fig. 13. 

 

The effect of matrix cooling over the piercing 

process may also be manifested in the total work 

done by the spike to produce the hole (Table. 1). The 

work done, derived from the area under the load-

displacement curves (from initial piercing to the exit 

of the conical spike section at the back face), 

reduces for increasing spike angle. Since the matrix 

does not cool to the same extent when piercing with 

a larger spike angle, it remains less viscous and 

requires less work to displace when compared with 

smaller spike angle geometries. 

 

4 Concluding Remarks 

Initial feasibility trials have shown that an increase 

in tensile notched strength of 8% can be achieved for 

thermally pierced laminates when compared to 

conventionally drilled laminates. To investigate the 

parameters involved in the thermal piercing process, 

an instrumented rig has been designed to enable the 

load-displacement response to be monitored during 

piercing. Preliminary experiments have shown that 

the piercing process consists of the following 

distinct phases: 

 

 Initial piercing of the laminate with the spike tip 

progressing through the thickness 

 A secondary stage, where the spike tip has 

emerged from the back face of the laminate and 

the resistive force on the spike appears 

approximately linear with spike displacement 

 Immediately prior to the parallel sides of the 

spike reaching the top surface of the laminate 

the peak resistive force on the spike is reached 

 The spike exits from the back face of the 

laminate, reducing the resistive force on the 

spike due to decreasing projected contact area 

 Frictional sliding occurs between the parallel 

sides of the spike and the hole wall once the 

spike has fully exited the laminate. 

 

A smaller spike angle leads to a smaller maximum 

resistive force on the spike. The spike angle also 

dictates the spike length, which governs the location 

of the maximum resistive force in the force-

displacement results. 

 

Future work will include an investigation of the 

effects of thermal piercing spike angles on the 

strength of the laminates. 
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Fig. 1. Schematic of 3 stage thermal piercing process. 

 

 

 

 

 
 

 

 
Fig. 2. Schematic of 30° piercing spike. 

 

 

 

 

 
 

Fig. 3. Normalised tensile notched strength. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 4. Schematic of specimen sectioning for microscopy 
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Fig. 5. SEM micrograph of hole wall (1) 

 

 

 
Fig. 6. SEM micrograph of hole wall (2) 

 

 

 

Fig. 7. SEM micrograph of hole edge with resultant laminate structure. 
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Fig. 8. Schematic of instrumented piercing set up. 

 

 

 

 

 

 

 
 

 

 
Fig. 9. Photograph of instrumented piercing test rig. 
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Fig. 10. Force-displacement of 20° spike thermal piercing. 

 

 
Fig. 11. Force-displacement of 30° spike thermal piercing. 

 

 
Fig. 12. Force-displacement of 40° spike thermal piercing. 

 

 

 

 

Table. 1. Approximate average work done for thermal 

piercing with various spike geometries. 

 

Spike Angle 

(°) 

Approximate 

Total Work  

Done(J) 

20 8.7 

30 7.4 

40 4.6 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 13. Force-displacement of thermal piercing with various spike geometries. 
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1 Introduction  

During recent years, Structural Health Monitoring 

(SHM) has seen increasing attention of the research 

community due to its potential to increase safety 

while at the same time decreasing maintenance costs 

and structural weight. One main research focus, due 

to the importance of the economical and ecological 

effects of these improvements, is the application of 

SHM for aeronautical structures. With their complex 

geometry, anisotropic materials and the wide range 

of possible environmental effects and load states, 

coupled with safety concerns and a high cost 

pressure, these structures are a challenging 

environment for the successful integration of SHM 

technologies. 

One of the possible SHM methods that seem well-

suited for the task is the use of so called Lamb 

waves, a type of guided plate waves first described 

by H. LAMB in the early 20th century. These waves 

have a range of interesting properties making them 

apparently ideal for the monitoring of large 

structures: they propagate in two dimensions, 

allowing for sparse sensor arrays, are easily excited 

and measured in a way suitable for SHM (using, for 

example, integrated or surface-applied piezoelectric 

elements) and, most importantly, are highly sensitive 

for most types of damage encountered in composite 

aerospace structures. During recent years, they have 

successfully been used to identify and localize both 

various discrete, localized damages, such as holes, 

notches, cracks, delaminations or debonding [1-3], 

as well as distributed, non-localized damage such as 

fatigue in composites [4]. Examples for other 

applications are the measurement of humidity 

absorption [5] or the inverse measurement of 

mechanical properties [6]. 

Due to their proven ability to detect damage, the 

research attention has shifted more towards 

accommodating the requirements faced in real 

applications: damage identification and 

compensation schemes. Both the ability to 

confidently identify a certain type and/or level of 

damage and the ability to reliably distinguish 

between damage-related signal changes and those 

resulting from changes of the state of structure and 

monitoring system are prerequisites for any out-of-

laboratory use of Lamb wave based SHM. 

Recent work in this areas has focused on wave 

behavior and damage identification in more and 

more complex structures [7-9], were their multi-

modal nature, reflections and mode conversion 

increase the signals complexity, and on 

compensation methods to account for signal changes 

due to environmental effects. The most common and 

virtually unavoidable factor is temperature, which 

has therefore been at the center of various research 

activities [10-13]. Other factors include local liquid 

pooling on the structures surface [14] or humidity 

absorption, which is a larger issue for composite 

materials due to the commonly used polymeric 

matrices [15]. 

Much of the work performed was focused on 

metallic, isotropic structures, which are still by far 

the most commonly used materials for structural 

parts in the aerospace industry. However, a rising 

amount of parts is made from anisotropic composite 

parts, which leads to various changes in both Lamb 

wave behavior and the alterations due to 

environmental effects. In this work, the most 

important influences on active Lamb wave based 

SHM of composite structures that are unrelated to 

damage are presented and their impact on 

composite-specific SHM and two compensation 

strategies is discussed. 
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2 Environmental Influences on Lamb Wave 

Based SHM with Active Piezoelectric Elements 

The principle of Lamb wave based SHM with active 

piezoelectric elements is simple (Fig. 1): a 

permanently integrated or attached piezoelectric 

element acts as an actuator (2), the generated Lamb 

wave propagates through the structure that is to be 

monitored (5), and a second piezoelectric element is 

used to measure the arriving wave (pitch-catch, 8) or 

the actuator measures reflections coming back from 

local stiffness changes or damage. 

 

 

Fig. 1: Principle of active Lamb wave based SHM [15] 

Changes of the signal imply changes of either parts 

of the SHM system or the structure between them 

and could therefore indicate damage. In this chapter, 

the system used for experimental measurements and 

its parts sensitive to environmental changes are 

described. Afterwards, common methods for damage 

detection and their reliance on certain signal features 

are described, before, in 2.3, experimental results for 

various common influences on Lamb wave 

propagation in composite materials are shown and 

compared. 

2.1 SHM System and Set-Up 

All experimental work was performed using a 

system similar to that shown in Fig. 2. 

 

 

Fig. 2: Experimental set-up 

A 3-cycle Hann-windowed sinusoidal burst was 

used for actuation, generated by an HP 33120A 

signal generator and amplified using a Krohn-Hite 

7602 wideband amplifier. Two types of 

actuators/sensors and specimen were used. For load-

free measurements (temperature and humidity 

changes and combinations thereof), round PZT discs 

(diameter 10mm, thickness 0.2mm) were bonded to 

the surface of carbon composite plates 

(500x500 mm²) using Z70 adhesive. For 

measurements featuring quasi-static and/or fatigue 

loading, rectangular specimen with a length of 

500 mm and a width of 20 mm were used in 

combination with rectangular PZT sensors 

(30x5x0.2 mm³). Specimen made from RTM6 resin 

and G1157 reinforcement fabrics featuring various 

layups and thicknesses were tested. To minimize 

reflections, the ends of the rectangular specimen and 

the edges of the plate specimen were covered with a 

sealing mass. The sensor responses were measured 

at varying frequencies using a TDS 3014B 

oscilloscope and the averages of 128 measurements. 

Temperature and humidity where controlled using a 

Vötsch VC0018 environmental chamber. Quasi-

static loads were applied using a Zwick/Roell Z250 

while an MTS 370 was used for fatigue tests. 

The test specimen were subjected entirely to the 

various influences, resulting in changes not only to 

the material itself and therefore wave propagation (5 

in Fig. 2) and damping (6), but also to the 

sensors/actuators (2), the adhesive layer (3), and the 

coupling between the piezoelectric elements and the 

structure (4). Therefore, a compensation approach 

has to include changes to the signal resulting from 

changes of the SHM system itself. 

 

2.2 Influences on the Signal and their Relevance 

for Damage Detection 

SOHN et al. define damage as "[...] changes 

introduced into a system that adversely affect its 

current or future performance" [16]. Conversely, 

anything that changes the system without adversely 

affecting its performance is no damage, and an SHM 

system should therefore compensate the effect such 

changes have on the signal used for damage 

detection to avoid false output. This makes signal 

changes related to the intended use of the structure, 

e.g. strain from loads, an obvious influence on an 

SHM system. While such influences by themselves 
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could, in theory, be accounted for by performing 

SHM in a known state (e.g. pre-flight), 

environmental factors exist which can both alter the 

Lamb wave behavior by themselves and the state of 

the structure in a defined, unchanged load situation. 

These factors become relevant when, after 

compensation, the remaining signal change is 

indistinguishable from damage or rather the 

influence of a possible damage scenario on the 

feature used for damage identification. As an 

example, CLARKE et al. specify a value of -40 dB 

between the signal amplitude and remaining non-

damage related changes after compensation for an 

open sensor network in a metallic structure as 

desirable [10]. 

Going through Fig. 1 from actuation to 

measurement, one can see that (assuming that the 

electronic devices and the connection to and from 

the piezoelectric elements do not change) the input 

voltage (1) is first converted to a mechanical strain 

(2), then transferred through a shear layer (3) into 

the coupled structure with the shear layers own 

properties, the properties of the sensor and the 

structure itself (and therefore, in a composite 

material, the orientation) and the way they interact 

(4) influencing the actuated wave(s). These waves 

than propagate through the structure (5) in a 

dispersive, mode dependent manner while being 

damped both internally (6) and possibly externally 

(7). Additionally, the waves will interact with any 

kind of disturbance that alters the stiffness, both 

structural and due to damage, by (possibly) being 

reflected, refracted, transmitted and converted into 

other modes. At the sensor (8) the process of 

actuation is reversed, with the surface strain being 

transferred through the coupling agent into the 

sensor. The sensor then converts the sum of strains 

into a measurable electrical voltage. From these 

processes, a set of properties can be found which 

influences the measured signal and whose changes, 

if created due to non-damaging influences, have to 

be compensated. Apart from geometric features 

(sensor size and thickness, adhesive layer thickness 

etc.), these are:  

 Mechanical and electrical properties of 

actuator and sensor 

 Mechanical properties of the coupling 

agent/adhesive 

 Mechanical properties of the waveguide. 

If one looks at an actual flight cycle, than the most 

obvious influences are loads and temperature 

changes. Many possible ways to account for these 

have been researched. Approaches include the use a 

database of known acceptable responses at all 

possible states (optimal baseline selection – OBS) or 

the correct compensation of changes to a single 

baseline, e.g. by stretching it in time (baseline signal 

stretch – BSS) or shifting it (local temporal 

coherence). Other methods include approaches 

comparing changes of multiple propagation paths 

(esp. if there is a multitude of paths, as in Lamb 

wave tomography) and using baseline-free 

approaches such as time reversal [1]. 

Many of these approaches, while still working to 

some extent, have to be adapted to deal with some of 

the composite-specific changes to the monitored 

system. Firstly, changes to a fiber reinforced 

composite structure will lead to more mode-

dependent changes than in isotropic materials. With 

the actuation, propagation, damping and 

measurement of each Lamb wave mode depending 

in varying amounts on different parts of the 

materials anisotropic stiffness tensor, varying 

changes to the material lead to different reactions for 

different modes (and at different frequencies, due to 

the varying composition of the wave modes from 

shear and longitudinal movement). Additionally, the 

changes will be direction-dependent. 

Secondly, there are non-damage related changes in 

composite materials that happen slowly (ageing, 

absorption processes and fatigue cracks in the 

matrix, also these might be seen as damage, 

depending on the design philosophy). This leads to 

unknown undamaged states due to the inability to 

obtain measurements in every possible state, esp. if 

one additionally considers the large variation of such 

factors over the materials thickness (e.g. quick 

humidity intake close to the surface or temperature 

gradient over thickness when inner and outer 

temperature differ).  

Thirdly the nature of the piezoelectric measurement 

devices used is integrative, measuring the strain over 

its whole body. That means it is not always possible 

(with a single sensor) to discern between 

overlapping waves as they interfere in the signal, 

meaning that in certain configurations (e.g. for 

certain material parameters/frequencies, for small 

propagation distances or close to / 

disadvantageously positioned relative to a stiffness 
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discontinuity), interfering waves will exist at the 

position of the sensor, and these will behave 

differently (e.g. show different relative velocity 

changes) due to the aforementioned factors, leading 

to changing interference patterns. 

Lastly, the material damping of most composite 

materials is far higher than that of commonly used 

metals such as aluminum and steel. As the influence 

of the stiffness on wave propagation, this damping is 

mode-dependent and direction-dependent even for 

composite materials showing in-plane isotropy, 

making it more complicated to account for than in 

isotropic cases. 

In summary, Lamb waves in composite materials 

exhibit mode- and orientation-dependent behavior 

(actuation, propagation, damping and measurement) 

and, most important for compensation, influences on 

any part of the system also depend on mode and 

orientation. Additionally, factors exist which cannot 

be accounted for by unmodified prerecorded 

baselines due to their slow nature. These changes 

additionally might vary locally (e.g. higher humidity 

in the bilge area) or depending on the structure 

(especially if said structure is complex, e.g. contains 

thickness variations).  

While all these effects do exist, their relevance for 

real compensation methods depends on the 

magnitude (and type) of change they evoke in the 

signal and the dependence of the compensation 

scheme on the signal feature changed. The following 

chapter therefore presents some common factors 

influence on typical signal features to underline their 

relevance. 

2.3 Effects of Environmental Influences on Lamb 

Wave Behavior 

The most common factors which influence the Lamb 

waves mentioned before were load and temperature 

changes. Both were topic of a lot of recent research 

[4, 9-12] and are shown here mainly to emphasize 

some of the composite specific effects and to obtain 

a relative comparison to factors uncommon to metal. 

These factors are humidity absorption and fatigue as 

well as their interaction with the aforementioned 

ones. Some selected examples illustrating the 

influence of these factors on wave excitation, 

propagation, damping and measurement are shown 

on the following pages and the changes specific to 

composite materials are highlighted. 

The data obtained from the experiments described in 

chapter 2.1 yields, after common preparation 

routines have been performed (averaging, 

smoothing, CWT-filtering and Hilbert 

transformation) the measured amplitudes, velocities 

and damping coefficients of the lowest two wave 

modes S0 and A0 over an experiment-specific 

frequency range. Fig. 3 displays an example of this 

set of results for waves propagating in a cross-ply 

reinforced plate (layup: [02/902]s, propagation 

direction: 45°, thickness: ~2mm, production process: 

MVI). 

 

 

Fig. 3: Measured amplitudes (200 mm distance from 

actuator), damping coefficients and velocities (measured 

between 200 mm and 320 mm) in 45°-direction in a 2 mm 

cross-ply carbon reinforced plate. 

From multiple of these result sets, obtained at 

different temperatures and after different 

conditioning periods (conditioning at 70°C/90% 

humidity saturation), the relative changes displayed 

in Fig. 4 were obtained. These Figures illustrate the 

influence of temperature changes and humidity 

absorption as well as their combination on the lower 

Lamb wave modes. The significant impact both 

temperature changes and humidity absorption have 

on Lamb wave propagation is easily visible. 

Additionally, the comparable magnitude of the 

influence of both factors underlines the need for 

humidity absorption compensation in fiber 

reinforced plastics. 
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The most obvious conclusion from Fig. 4 is that both 

the excited amplitude and the damping coefficient 

depend on the propagation orientation, even in a 

cross-ply reinforced material. Changes due to 

temperature and humidity absorption are similar in 

magnitude, meaning that humidity absorption can 

not be disregarded. Additionally, the significant 

mode dependency of the changes to the Lamb 

waves, even when propagating along the same axis, 

is shown in Fig. 5. 

 
Fig. 5: Top: mode-dependent lag between the baseline 

(taken at room temperature) and its optimal fit from an in 

situ signal taken at 70°C, bottom: baseline and in situ 

signal over time. 

The time lag between a windowed part of the 

baseline and its best fitting counterpart in the in situ 

signal is small for the S0-Mode, arriving first, before 

it jumps to a higher value for the second (A0) mode 

due to the higher sensitivity of the second one to 

changes of the out of plane properties, which are 

more significantly altered by temperature changes 

than the in plane properties in fiber direction. 

For a compact presentation of the principal 

significance of various kinds of influences on Lamb 

wave excitation, propagation and measurement, the 

impact of these changes on the excited amplitudes of 

the lowest two modes was evaluated using the 

following equation: 

 

R=AA0(fA0,Ix)/AS0(fS0,Ix)/(AA0(fA0,0)/AmpS0(fS0,0)). (1) 

 

A are amplitudes measured at a fixed distance, f is a 

fixed frequency and Ix is a value representing a 

certain influence, e.g. days under hot/wet-conditions 

or load level applied. If fA0 = fS0 and a change in R 

occurs, then the sum of Ixs impact on the SHM 

system and the structure under surveillance is mode-

dependent, a fact which would have to be 

compensated for. 

Fig. 4: Left: relative changes of the S0-modes amplitudes due to temperature changes and hot/wet-conditioning, right: 

absolute differences between the measured damping coefficients due to hot/wet-conditioning and temperature changes 

for two perpendicular propagation paths. Both measurements taken in a cross-ply reinforced plate, layup [902/02]s, 

orientation (left), and as given in the legend (right), distance to actuator of the first sensor ~200 mm and of the second 

sensor (for damping measurement) ~300 mm. 
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For a set of different Ix, the experimental results are 

shown in Fig. 6. The measurement frequencies fA0' 

and fS0 were chosen to be 75 kHz for all experiments 

using plates and round sensors (first four groups in 

Fig. 6) and 39 kHz for all experiments using 

rectangular sensors and thin specimen to obtain A0- 

and S0-amplitudes of similar magnitude at Ix=0. 

From Fig. 6, some interesting results are visible. 

Firstly, all factors mentioned in 2.2 have at least a 

minimal influence on the results. Additionally, even 

the factor found to be most insignificant in Fig. 6 

(number of fatigue cycles) underlines this: in this 

case, the influence is low because 0°-layers show 

little property degradation in fiber direction. At the 

measurement frequency, S0 is dominated by these 

layers due to their large contribution to the stiffness 

in the direction of propagation, while A0 is 

dominated by their stiffness due to their large 

contribution to the bending properties. For specimen 

with a propagation direction in 90°, the influence 

was found to be much higher. 

Secondly, the mode dependency of all changes and, 

additionally, the large importance of slow factors 

like humidity absorption is obvious. The first group, 

showing the impact of hot/wet-conditioning over 

time, is a good example for this: first, a quick, large 

drop of the relative ratio is observed. Its reason is the 

quick humidity absorption of the outmost layers and 

the adhesive couplant. Afterwards, a slow increase 

can be monitored. This is due to the slower 

absorption of humidity and the accompanying higher 

damping and lower stiffness. S0, being similar to a 

pressure wave at these frequencies, is influenced 

more pronouncedly by these changes than A0, which 

behaves more like a bending wave and is therefore 

influenced more by the properties of the outer layers. 

Thirdly, the influence of multiple superposed factors 

can be seen. A very good example is the reversal of 

the behavior due to changing temperatures before 

and after hot/wet conditioning (groups 3 and 4 in 

Fig. 6). 

In addition to the active measurements described 

before, passive measurements of the sensor 

responses to a known impact excitation were 

performed. For this, an impact hammer was 

repeatedly used on a unidirectionally reinforced 

plate (layup: [012]) in a known position. The plate 

was then h/w-conditioned and the measurements 

repeated at room temperature in regular intervals. 

The changes of the sensor responses are shown in 

Fig. 6: Changes of the amplitude ratio between A0- and S0-mode due to various factors. All results for waves 

propagating in a cross-ply carbon fiber reinforced plate, layup [02/902], propagation in 0°-direction. Temperatures are 

given in °C, the loading level in microstrain (ue) and the number of fatigue cycles in kilocycles. 
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Fig. 7 and display, just as the changes of the active 

measurements, a clearly visible dependency on the 

direction. The magnitude for the changes is large for 

all directions, also resin-dominated directions 

display the biggest drop in signal amplitude due to 

the higher relative property changes during humidity 

absorption. 

 

 
Fig. 7: Changes of the sensor response of a passive SHM 

system (normalized using the maximal contact force) due 

to 35 days of hot/wet-conditioning. 

It is important to stress the fact that the changes in 

Fig. 6 and Fig. 7 do not document the influence of 

the factors on the material or the Lamb wave 

propagation alone. They rather shows the 

accumulated impact of the influences on the entire 

structure and SHM system, and therefore potentially 

include effects such as sensor degradation. An 

example is the result obtained for static loading 

equivalent to 0,3 % strain, which lead to the 

formation of visible cracks in the sensor and the 

large jump in results shown in group 5 in Fig. 6. It is 

additionally important to emphasize that such 

measurements, while less adequate for an 

investigation of the Lamb waves behavior alone, are 

of utmost importance for practical applications. The 

factors investigated are not atypical for tests that 

structural composite parts have to pass resp. 

requirements they have to fulfill, meaning that an 

integrated SHM system will necessarily have to be 

able to survive such conditions, too. 

3. Compensation 

For an influencing factor on Lamb wave propagation 

in composites with significant impact on relevant 

signal features to be compensatable, a set of 

requirements have to be fulfilled by the 

compensation scheme: 

 No reliance on prior knowledge of the 

response change due to non-damaging 

factors (slow processes such as humidity 

absorption make this unfeasible) 

 Confined to one narrowband mode at a time 

(e.g. windowed in time, necessary due to 

mode and direction dependency in 

composites, which leads to time-dependent 

relative signal changes) 

 As little interference as possible, at least 

within the first arriving wave package (due 

to the inability to separate the single wave 

packages contribution to the signal and the 

package-specific signal changes) 

 Partly based on amplitude (non-interfering 

packages = low amplitude regions in time, 

characterized by a low SNR) 

It is obvious from these points that certain 

combinations of part geometry and sensor placement 

with certain influencing effects can lead to 

incompensatable effects. An example would be a 

sensor placed so close to a reflecting stiffness 

discontinuity that reflection and direct signal 

overlap. Incompensatable, in this instance, does not 

mean that it is downright impossible to compensate 

for these factors, it just means that compensating for 

them would require an unrealistically high amount 

of costs, time and/or effort. For the given example, 

OBS would work, however the amount of time 

required to reach all possible saturation states (esp. if 

the possible thickness variation of humidity 

saturation is accounted for) is prohibitive. In this 

chapter, two exemplary compensation methods are 

briefly described and typical results are depicted. 

The limitations of both approaches and the reasons 

behind them are then discussed. 

3.1 Two Compensation Approaches 

Two compensation methods, one for active (wave 

actuated by a dedicated piezoelement) and one for 

passive (wave actuated by impact event) SHM, 

where applied to data gathered from specimen under 

various conditions and with added discrete damage. 

ICCM19 5217



The first one was based on the local temporal 

coherence method (see [17]), which uses the peak 

coherence and the time delay between windowed 

parts of a baseline signal and an in situ signal to 

identify damage. For sufficiently large, undisturbed 

structures and short signals, it fulfills the 

Fig. 8: A: Local Temporal Coherence between a baseline signal and a signal taken from a UD-reinforced plate after 

cutting a hole with r=15 mm (offside the propagation path) over frequency and window n (window length = 150% T), 

B: Relative mean square error (RMSE) between baseline and its reconstruction from the in situ signal for the same 

case, C: RMSE after 3 days of hot/wet-conditioning, D: RMSE of an undamaged plate after temperature increase to 

45 °C, E: RMSE of the same plate after 36 days of hot/wet-conditioning at room temperature and F: RMSE measured 

on a plate with a single stiffener positioned between actuator and sensor. 
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aforementioned requirements except for the last one, 

and can easily be expanded by either using the 

normalized residual sum of squares between the 

baseline and the baselines reconstruction from the in 

situ signal using the moment of peak coherence or 

discharging all values from windows below a certain 

amplitude in both baseline and in situ signal. The 

best possible fit is created by finding the part of the 

in situ signal with the highest coherence when 

compared to the baseline, shifting it using the time 

lag of the peak coherence and scaling it using the 

quotient between the cross-correlation of both 

windowed signals and the autocorrelation of the in 

situ signal. The resulting signal is a reconstruction of 

the baseline using the in situ signal and can be used 

to evaluate, e.g., the mean square error between  the 

baseline and its fit. This can be normalized using, 

e.g., the largest RMS of the windowed baseline, 

which has the advantage that areas containing little 

energy are easier to identify than from pure 

coherence plots (see Fig. 8 A and B). Fig. 8 B shows 

the general ability of such an approach to detect 

damage via the inability to reconstruct the baseline 

from the in situ signal. 

The second method, compensation for a passive 

approach, reconstructs the impact force by first 

using a simple plate model of the structure (similar 

to [18]) and then inversely calculating all necessary 

material parameters from additional active 

measurements. For this, the material properties are 

obtained using an algorithm similar to [19], the 

factor between surface strain and output voltage is 

calculated using a calibration loop before actual use, 

and the environmental impact on the SHM system 

itself is accounted for by comparing the measured 

drop of the excited amplitudes for a known 

configuration during active measurements with the 

measured rise of the damping coefficients (with 

changes not explainable by the material property 

changes necessarily being a product of changes to 

the SHM system itself). More information can be 

found in [20]. 

The results of this adaptive compensation method 

are displayed in Fig. 9. The same unidirectionally 

reinforced plate that was used to obtain the results in 

Fig. 7 (CFRP, 12 layers of G1157 and RTM 6 resin) 

was used in this experiments, with the values shown 

in Fig. 9 calculated using 3 sensors distributed 

around the point of impact in varying directions. 

Both the significant influence of conditioning on 

contact force reconstruction and an improvement of 

the reconstructed force maximum are visible. 

 
Fig. 9: Reconstructed maximal contact force with and 

without compensation during hot/wet-conditioning. 

3.2 Constraints and Limitations of the 

Approaches 

While both methods shown in 3.1 are in principle 

able to compensate changes unrelated to damage, 

various effects can lead to an inability for both to 

fulfill their role. For the first method, which 

basically evaluates changes of the in situ signals 

coherence with the baseline, the most important 

point is the compliance with all points mentioned in 

chapter 3. However, two of these points are not 

always accomplishable, which leads to the large 

changes unrelated to damage that are shown in 

Fig. 8: the confinement to one narrowband mode at a 

time and the nonexistence of interfering modes. The 

first point is hampered by the fact that a short signal 

is desirable if little interferences are aspired to, but 

that a short signal has a broader frequency content. 

In combination with the dispersive propagation and 

damping of the waves, this will lead to changes of 

the signal shape. The importance of these points is 

visible in Fig. 8 C and D: even in an undamaged 

state, the similarity between two signals will drop 

due to factors such as temperature changes or 

humidity absorption, leading to large differences 

between the baseline and its reconstruction from in 

situ data. Even more important, these changes can be 

larger than those resulting from actual damage, 

which is clearly visible when comparing Fig. 8 B 

(change due to damage) and C (change due to 3 days 

of hot/wet-conditioning). 
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The second point, no interferences, is problematic in 

a complex structure (such as Fig. 10) due to the 

existence of local stiffness discontinuities in an 

undamaged state. 

 

 
Fig. 10: Skin with omega stringer reinforcements acting 

as discontinuities. 

Such discontinuities are a source for reflections, 

refraction and mode conversion. Therefore, the 

resulting signal of even a relatively mode-pure, 

narrowband excitation in a complex structure is 

likely to be at least somewhat more complex. With 

the aforementioned effects, wave propagation and 

damping and the wave reflection from the structures 

edges all being mode-dependent and direction 

dependant, any change to the signal will have a 

varying relative influence on speed and amplitude of 

the single wave packages whose overlapping creates 

the signal itself. These changes therefore can 

produce local deviations where two different wave 

packages are overlapping (see Fig. 11). 

 
Fig. 11: Example for local signal deviations due to 

conditioning. 

As this all happens in an undamaged state, false 

alarms are hard to avoid. Fig. 8 F shows an example 

for the large influence a short time under hot/wet 

conditions can have. The problem is complicated by 

the even more complex behavior of a complex 

structure under environmental effects, where, e.g., 

humidity absorption under a stiffened area will take 

longer due to the higher local thickness, leading to 

an even more complex behavior. 

At first sight, an adaptive approach does not suffer 

as much from these constraints. With the waves 

created by low velocity impacts being 

predominantly in the low frequency range and only 

the beginning of the sensors response important for 

the calculations, the principle behind such an 

approach is relatively robust. However, there are a 

multitude of limitations to such a method, too. 

Firstly, the results can only be as good as the model. 

On the one hand, as the lowest Lamb wave modes 

are not (equally) sensitive to changes to all parts of 

the stiffness tensor, only parts of said tensor are 

inversely measurable (see [19]). Additionally, the 

accurateness with which the impact localization 

occurs can heavily alter the results. The structural 

model itself quickly becomes very complicated for 

more complex parts, e.g. curved skin with 

reinforcements of different orientations and a non-

symmetric layup will result in far more complex 

algorithms, with the additional tolerances and 

deviations between model and real structure leading 

to an even larger distribution of the results. 

The most important part, however, is the influence 

of various environmental effects on the wave 

creation during impact. When actual damage occurs, 

the relation between contact force and wave 

generation isn´t as straightforward as in the case 

used for the described approach. Additional 

compensation methods are required to account for 

the amount of energy that is lost locally during the 

impact event and cannot be measured at the sensor 

position. 

4. Impact on SHM and Research Needs 

In general, the certification of a SHM system 

integrated into or attached to a structure will always 

demand that the SHM system can sustain any 

operational demands that the structure has to sustain. 

It (the SHM system) and any damage detection 

algorithm, as well as any algorithm or method used 

for compensation of non-damage related effects, 

should therefore be tested under the same condition 

as the structure it has to monitor. The approach used 

has to additionally keep in mind that, for an SHM 

system, the effects of smaller, but locally varying 
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changes such as temperature ore humidity 

absorption gradients, might have worse effects than 

that of large, but global, changes. 

In general, one might say that certain effects exist 

which, in combination with disadvantageous 

geometries and sensor placement, can lead to 

incompensatable signal changes, which are changes 

that cannot be discerned from actual damage. In 

addition to ensuring the robustness of a certain SHM 

system and the compensation methods used in it, the 

identification of circumstances that might lead to 

theses incompensatable effects and the development 

of techniques to prevent their existence is of utmost 

importance for the transfer from laboratory to real 

world applications. 

This bears the implication that initially, an advanced 

understanding of all phenomena occurring during 

the waves interaction with local stiffness 

discontinuities is necessary to grasp the influence of, 

e.g., locally non-symmetric properties, the exact 

configuration of the joint, the angle-dependency of 

conversion, transmission and reflection and so on. 

From there, one has to either identify areas where 

sensor placement is critical or develop methods to 

limit the influence of these discontinuities. This 

could for example be done by optimized sensor and 

actuator placement, optimized excitation strategies 

(mode tuning [2] etc.), self-restriction of the 

monitoring objectives (e.g. by using only one-

dimensional wave propagation to monitor a critical 

area) or the optimization of stiffness discontinuities 

regarding their geometry and their properties (e.g. by 

varying the layup) to minimize their interaction with 

the Lamb waves used for monitoring. 

The effectiveness of any of these approaches will, 

just as the compensation methods themselves, have 

to be verified for all possible conditions and, most 

importantly, any possible combination of 

influencing factors to ensure its feasibility. 

Especially due to the existence of slow factors such 

as humidity absorption, this means that further 

developments will have to focus less on baseline 

methods and more on a combination of baseline-free 

methods, stochastic approaches and structural and 

system optimization which allows stretch- and 

similarity-based methods to work. 

5. Conclusions 

In this work, the large impact that several factors, 

namely temperature changes, humidity absorption, 

loads and fatigue, have on the sensor response of a 

surface applied SHM system for an anisotropic 

composite structure was shown. Composite specific 

characteristics such as the direction- and mode 

dependency were shown and their implications for 

SHM discussed. Especially the existence of slowly 

changing, locally varying factors such as humidity 

absorption was identified as a possible hindrance for 

SHM of complex structures. All factors under 

investigation were shown to have a significant 

influence on the Lamb waves, with changes often far 

in excess of that typically accepted by compensation 

approaches developed for metallic, isotropic 

materials (e.g. -40dB). 

The requirements that have to be met by a 

compensation approach able to account for these 

factors were discussed. For two different 

compensation methods, the limitations that arise 

from the combination of issues such as interferences 

and environmental effects in combination with the 

composite-specific mode and directional 

dependency of Lamb wave excitation, propagation 

and damping were shown. The impact of these 

effects was shown to result in very large changes to 

the signal, of comparable and even larger size than 

that of actual damage introduction. 

Due to the large significance of the investigated 

effects and the inacceptable effort connected to a 

simple baseline method to account for all possible 

combinations of said effects, a number of possible 

methods to reduce the repercussions of these effects 

was discussed. While some of the composite-

specific effects on the Lamb waves behavior might 

be counteracted using, e.g. optimal sensor 

positioning, advanced analytical compensation 

approaches or optimization of stiffness 

discontinuities, one has to accept that there are a lot 

more influencing factors in a composite structure 

when compared to a geometrically identical metallic 

structure, which implies that the damage detection 

threshold in a composite structure will hence always 

be above that achievable in a metallic part. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Titanium alloys reinforced with titanium 

monoboride (TiB) have been studied for more than 

40 years [1]. The mechanical potential of this metal 

matrix composite was identified very early in its 

development, the material showing an interesting 

compromise between static properties (Young’s 

modulus, yield and ultimate tensile strength), fatigue 

properties (low and high cycle), high temperature 

properties (creep), and wear behaviour [2]. 

Nevertheless, the material is today still not used in 

many applications, for several reasons: the cost of its 

development and of its production, the low ductility 

of the material produced with high levels of 

reinforcement and the difficulty in controlling the 

reinforcement formation, size and morphology. 

Despite this, as for TiC reinforcements in titanium 

alloys [3] [4], few applications can be found in the 

literature [6] [7], most of them for high-added value 

products [7] [8]. 

Inspired from the work from Saito et al. [6] [7], but 

also from others [9] [10] [11] [12], we’ve developed 

a powder metallurgy route to produce Ti-TiB ductile 

composites with relatively high levels of 

reinforcement [13]. The work presented here focuses 

mainly on one of the key points identified above in 

the development of this type of composite: the 

control of the TiB reinforcement formation, of its 

size and morphology. Indeed, despite the numerous 

publications on the Ti-TiB materials [2], the TiB 

formation is unclear. Several mechanisms have been 

proposed for the conversion of the boron precursor 

into the TiB [13] [14] [15], but controlling the TiB 

remains complicated. Furthermore, the processing 

route employed for this study requires mechanical 

alloying, which has been shown to have an 

important influence on the titanium alloys used as 

matrices for titanium matrix composites (notably 

important gas contaminations) [8] [9]. 

Using high energy X-ray diffraction, we have been 

able to characterise in-situ the transition of the 

reinforcement from TiB2 to TiB, during the high 

temperature treatments of the processing route. 

Moreover, we have been able to analyse the 

influence of the processing route and of the 

reinforcement on the titanium matrix, from a 

microstructural and phases transformations kinetics 

point of view. 

 

2 Experimental Procedure 

2.1 Raw Materials 

ASTM Grade 5 (Ti-6Al-4V) was investigated, and 

used in powder form. The powders were produced 

by inert gas atomisation, and are approximately 

spherical (size distribution between 45-75 µm). TiB2 

ceramic powders (D50 ≈ 4.8 µm) were used as a 

boron source for the TiB formation. The ceramic 

powders shape is irregular. Table 1 gives the typical 

composition of both powders. 

2.2 Composite Preparation 

TiB2 powders were low energy mixed with the Ti-

6Al-4V powders, to achieve a global composition of 

12 wt% of TiB2. Materion AMC’s proprietary 

process of high energy mixing (known as 

mechanical alloying, hereafter called MA) was 

employed to prepare the composite powders. These 

powders were then poured into cans, degased at 

elevated temperatures and the cans hermetically 

sealed. A Hot Isostatic Pressing (HIP) was carried 

out at 1193 K and 140 MPa for 2 h to achieve 100% 

of the theoretical density. The cans were then 

removed from the billets by machining. For the 

purpose of this study, some of the composite 

powders were also cold compacted in order to 

emphasise the TiB2 to TiB transition. These powders 

were uniaxially cold compacted in an inert glove 

box, to avoid interstitial (oxygen, hydrogen and 

nitrogen) contamination in the powder compact. 

KINETICS OF PHASE TRANSFORMATIONS IN TI-TIB 
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2.2 Characterisation 

An in situ high energy X-ray diffraction (HEXRD) 

was used to follow quantitatively the phase 

transformation kinetics during different heat 

treatments. This technique allows diffraction 

patterns to be recorded while heat treating the 

samples [17]. This way, phase amounts as well as 

mean cell parameters and Full Width at Half 

Maximum (FWHM) of diffraction peaks were 

determined for each identified phase. HEXRD 

experiments were performed at PETRA III storage-

ring, situated at the DESY facility (Hamburg, 

Germany). 

Fig. 1 shows the experimental set-up. The beam 

used had a wavelength of 0.124 Å. The samples 

were placed in an induction Bähr dilatometer, 

equipped with two windows allowing the beam in 

and out. This dilatometer was used as a furnace for 

heat treating the samples. A type S thermocouple 

was welded on the samples surface, close to the 

analysed volume, to accurately monitor the 

temperature. The complete Debye-Sherrer rings 

were recorded in transmission on a fast plate 

detector. The distance between the sample and the 

detector was 1.6 m, with an acquisition time 

estimated to be 3.5 s. The 2D diffraction rings were 

integrated using FIT2D program, to produce 

classical I/2θ diffraction patterns. They were finally 

analysed using Fullprof program, based on the 

Rietveld method. 

Three different heat treatments were studied and are 

summarised in Table 2: 

A. A simulation of the HIP thermal cycle was 

applied to the cold compacted powders. A 

temperature of 1193 K was applied for 2 h, with a 

heating and cooling rate of 0.25 K.s
-1

. This was 

chosen to simulate process conditions used in 

industry. 

B. A high temperature heat treatment, applied 

to the cold compacted powders. A temperature of 

1573 K , applied for 0.3 h, was chosen based on the 

treatments found in the literature [12] [14], but also 

to be close or above the β transus temperature of the 

matrix. This temperature should be high enough to 

assure a complete conversion of the TiB2 precursor 

into the final form of reinforcement, TiB. A high 

heating rate of 25 K.s
-1

 was here chosen to limit the 

reaction during heating. 

C. A high temperature heat treatment applied to 

the dense HIP’ed material. Again, the temperature 

chosen was 1573 K applied for 0.5 h, as this 

treatment is used to complete the conversion from 

the TiB2 to TiB after the compaction made at 1193 K 

for 2 h. 

 

The microstructure of the materials at different steps 

of the process was also investigated. The samples 

were polished using a standard SiC papers polishing 

route, down to 4000 grit, and finished with an 

alumina suspension polishing solution. The samples 

were analysed on a FEI Quanta
TM

, Field Emission 

Gun Scanning Electron Microscope (FEG-SEM), 

equipped with a secondary electron (SE) detector 

and a backscattered electron (BSE) detector. 

 

3 Results 

3.1 Initial material 

3.1.1 Microstructure 

Fig. 2a and 2b. show micrographs of the as-received 

titanium powders. The spherical shape of these 

powders is confirmed, although multiple satellites 

could be found attached to the powders. The high 

magnification micrograph in Fig. 2b. reveals the 

internal microstructure after solidification and rapid 

transformation in the solid state. This microstructure 

is made of an acicular morphology of α (maybe α’). 

This is typical of the rapidly solidified alloys. α’ is 

formed when rapidly cooling down form the β phase 

field by a martensitic transformation process. It has a 

hexagonal crystal structure, similar to the α phase, 

but with the same composition as the β phase [19]. 

Fig. 2c displays the morphology of the TiB2 powders, 

confirming its angular and irregular morphology. Fig. 

2d and 2e show the composite powders after the MA 

process. It shows their important coarsening during 

MA, the composite powders being now bigger than 

100 µm for most of them. Fig. 2e displays the 

microstructure of the MA’ed powders. The TiB2 

reinforcement is grey and the titanium matrix is 

white. The distribution of the TiB2 reinforcement in 

these powders is homogeneous, although it is still 

possible to identify isolated areas of unreinforced 

regions. It also shows the very deformed aspect of 

the material; this is as a result of the cold fracture 

and welding processes which occur during the MA 

process. Also, MA is very energetic and massively 

deforming ductile materials like titanium, explaining 

this microstructure. This microstructure is 

comparable with the ones produced by Godfrey et 

al.[10]. 

 

Fig. 2f and 2g represents BSE micrographs of the 

material after HIPing. The mechanically alloyed 
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structure shows regions of lower reinforcement 

content, corresponding to that of the initial powder 

size. Although the majority of the structure is 

homogeneous, regions of lower reinforcement are 

present due to the nature of MA process, which is 

optimised for aluminium systems rather than Ti-

based materials. The microstructure of the matrix is 

globular α, with a small amount of β observed 

between the α grains. A difference can be seen 

between the reinforced and the unreinforced regions: 

the α grains are equiaxe in both case, but in the 

reinforced regions, the size of the grains is very 

small (<1 µm) compared to the unreinforced regions 

where the grains are larger (>1 µm). Fig. 2g also 

shows that the reaction between the TiB2 and the 

matrix to form TiB has begun. This reaction has 

been studied already [15] [16] [17] [18] and is 

known to produce titanium monoboride (TiB). The 

reaction produces here three morphologies of 

reinforcement after the HIP: 

 very small TiB needles dispersed in the 

matrix, in grey in the micrographs. The diameter of 

these needles does not exceed 500 nm, 

 some TiB2 remaining, which has not reacted 

yet, in black in the micrographs, 

 at the former interface between the matrix 

and the TiB2 particles, a zone of dense TiB is formed. 

3.1.2 X-ray diffraction characterisation 

The high energy X-ray diffraction patterns were 

recorded at ambient temperature for both the MA’ed 

powders and the HIP’ed composite. Fig. 3 represents 

the corresponding I/2θ diffraction patterns.  

Two phases can be identified in the MA’ed powders: 

 88 wt% of a compact hexagonal phase (α or 

α’), with a=2.93 Å and c=4.67 Å for the mean lattice 

parameters, 

 12 wt% TiB2 (space group: P6/mmm), with 

a=3.03 Å and c=3.23 Å. 

The X-ray diffraction confirms that the reaction 

between the TiB2 and the matrix has not started yet 

after mechanical alloying. No β phase can be 

detected. However, it is interesting to note here that 

the mean lattice parameter for the α after after MA is 

the same as the one found in the literature for Ti-

6Al-4V [19]. 

 

Five different phases can be identified in the HIP’ed 

composite: 

 85 wt% of α (or α’) with a=2.93 Å and 

c=4.68 Å, 

 1.5 wt% of β (BCC) with a=3.21 Å, 

 1 wt% of TiB2, with a=3.03 Å and c=3.23 Å, 

 11.5 wt% of the TiB-Bf phase (space group: 

Cmcm, hereafter called Bf), with a=3.26 Å, 

b=8.46 Å and c=3.04 Å,  

 1 wt% of the TiB-B27 phase (space group: 

Pnma, hereafter called B27), with a=6.11 Å, 

b=3.05 Å and c=4.55 Å. 

Table 3 summarises the phase proportion and lattice 

parameters found for the different materials. X-ray 

diffraction analysis reveals that the reaction between 

TiB2 and matrix has begun during the HIP. This 

reaction is producing two forms of TiB: the B27, 

which is the standard and stable form of titanium 

monoboride [22], and the Bf, which has been mainly 

identified in the past in TiAl intermetallics, and has 

been qualified as a metastable phase [23]. Regarding 

the matrix, after HIPing, it is still composed mainly 

of the α phase, but small amount of β (1.5 wt%) can 

be identified. 

3.2 In situ characterisation 

3.2.1 Experiment A: HIP Simulation 

Fig. 4 shows some of the diffraction patterns 

recorded during experiment A and Fig. 5 represents 

the cumulated phase amounts evolution during the 

treatment. 

The α→β transformation starts around 873 K. The 

amount of β phase increases with the increasing 

temperature, to reach a maximum of 17 wt% at 

1193 K. During the dwell, the amount of α slightly 

increases again, consuming the β. The composite 

contains 15 wt% of β and 71 wt% of α after the 2 h 

at 1193 K.  

The reaction between the TiB2 and the matrix seems 

starts around 973 K. Indeed, at this temperature, Bf 

phase can be clearly identified and the TiB2 peaks 

begin to lower. At this temperature, the B27 is not 

present. When the dwelling temperature is attained, 

the TiB formation is well advanced (12,5 wt% of Bf 

and 0.5 wt% of B27), the TiB2 peaks are rather low 

in intensity (2.5 wt%). After two hours at 1193 K, 

the reaction continues, but very slowly. The TiB 

formed is mainly composed of the Bf form, as only 

limited quantities of B27 can be detected. At the end 

of the dwell, the reinforcement is composed of 

0.5 wt% of TiB2, 12.5 wt% of Bf and 1.5 wt% of 

B27. The diffraction pattern corresponding to the 

powders at ambient temperature after this 

experiment more or less correspond to the HIP’ed 

material pattern, in Fig. 3b. 

Fig. 6 represents the evolution of the FWHM for the 

{101} plans of the α phase, during experiment A. It 

shows the important thinning of the peaks for this 

phase, between 473 K and 1073 K. Both during the 
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dwell at 1193 K and the cooling down, this value 

remains stable. This peak thinning is particularly 

important for this phase. For the borides, FWHM is 

much lower than for the α phase and remains 

constant during the heat treatment (0.04° for the 

TiB2 for example). 

3.2.2 Experiment B: high temperature treatment 

on the powders 

Fig. 7 represents the phase amounts during 

experiment B. They are given mainly for 

temperatures above 1193 K, temperature used for 

the HIP, as the reactions occurring before are very 

similar to the ones found in experiment A. The only 

difference is a slight increase in the temperature 

where the reactions begin (α→β transformation and 

TiB2 conversion), this is explained by the high 

heating rate used compared to experiment A, but this 

difference is small. 

The reactions observed during experiment A are 

continuing when the temperature is increasing. For 

the matrix, the α→β transformation continues. When 

the temperature reaches 1573 K, there is about 

5 wt% of α and 77 wt% of . The  amount  reduces 

until the end of the dwell (1 wt%). 

Regarding the reinforcement, the conversion from 

TiB2 to the titanium monoborides seems to start 

around 1103 K. The monoboride formed is the Bf. At 

the beginning of the dwell, there are only 4 wt% of 

TiB2 left in the composite. 14 wt% of Bf have been 

formed, whereas the composite contains only 1 wt% 

of B27 at this stage. After 5 min at 1573 K, there is 

no TiB2 left in the material. The level of Bf remains 

stable, whereas more B27 is formed. Afterwards, the 

level of B27 keeps on increasing, at the expense of 

the Bf. At the end of the dwell, the material contains 

1 wt% of Bf and 23 wt% of B27. 

For this heat treatment on the powders, the FWHM 

for the different phases evolves in the same way as 

for experiment A. 

3.2.3 Experiment C: high temperature treatment 

on HIP’ed composite 

Fig. 8 represents the evolution of the phase amounts 

during the heat treatment made on the HIP’ed 

composite at elevated temperature. The α→β 

transformation starts around 873 K, as for cold 

compacted powders. When the dwell temperature is 

reached (1573 K), the matrix is fully β. 

The amount of TiB2 (1 wt%) decreases starting at 

1373 K, showing that the reaction between the 

diboride and the matrix further progresses. The 

quantity of Bf remains constant until 1473 K, but 

begins to decrease at 1573 K. On the contrary, the 

B27 phase begins to increase when the dwell starts. 

This amount is progressively increasing at the 

expense of the Bf. The final amounts of 

reinforcement at the end of the dwell are 2 wt% of Bf 

and 20 wt% of B27. 

During the cooling, the α formation starts between 

1573 K and 1473 K. The amount of α progressively 

increase to reach 71 wt% at 873 K, and remains 

constant until ambient temperature. The final phase 

amounts of the material, as well as the final mean 

lattice parameter are given in Table 3. The final 

reinforcement level found is 1 wt% of Bf and 

21 wt% of B27, level which is quite similar to the 

one found at the end of the dwell, but also to the one 

at the end of the experiment B. 

3.3. Final microstructure 

Fig. 2h and 2i. displays the final microstructure of 

the composite, after experiment C, i.e. the heat 

treatment for 0.5 h at 1573 K. The distribution of the 

reinforcement seems homogeneous. It is composed 

of needles, which have grown in the matrix. The 

apparent needle size characterised in 2D is up to 

30 µm for the length, and 3 µm for the diameter. 

These needles are one order of magnitude bigger 

than the ones found in the composite after the HIP. 

(Fig. 2g and Fig. 2i) 

The matrix is composed of α grains, with a fairly 

nodular shape. The β phase is present between these 

nodules.  

 

4 Discussion 

4.1 TiB2→TiB conversion reaction 

The different experiments are showing the kinetics 

of the conversion from the titanium diboride (TiB2) 

to the titanium monoboride (TiB). The process used 

to produce the composite is particular, and has not 

been often studied in the literature [2] [10] [24]. The 

experiment made on the cold compacted powders 

shows that no reaction begins during MA, even if 

this type of high energy mixing is known to produce 

heat [25]. This heat is not high enough to begin a 

reaction.  

The reaction between the TiB2 and the matrix begins 

at approximately 973 K. This reaction produces one 

type of TiB, called TiB-Bf. This form of titanium 

boride has already been identified in various types of 

materials, and is also common for other metals 

boride (V, Cr, Ni, Nb… [23]). It has been mainly 

identified in the Ti-Al intermetallics previously [20] 
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[21], but also in some cases of laser claddings of the 

same system, Ti-6Al-4V + TiB [27]. In all cases, the 

composite goes through a liquid state phase, and, to 

the authors knowledge, it is the first time that the Bf 

has been identified in a composite produced by a 

solid state route. This Bf form has been qualified in 

the literature as metastable, as it seems to evolve in 

the more ordinary form of monoboride (the TiB-

B27) after prolonged heat treatments at high 

temperature [23]. This character seems to be 

confirmed here. The Bf is the first phase formed in 

the reaction of the TiB2 with the matrix, but further 

evolves to form small amounts of the B27 phase 

after the 2 h at 1193 K, and higher quantities after 

0.5 h at 1573 K.  

The conversion reaction (TiB2 → Ti-Bf) is very fast. 

With experiment B (heating rate of 25 K.s
-1

), the 

reaction begun at 1103 K, and at 1573 K, there is 

almost no TiB2 left.  The passing from one form of 

monoboride to the other is slower. At the lower 

dwell temperature (1193 K), a small amount of B27 

is formed during the dwell (1.5 wt%). For the higher 

temperature heat treatment, the kinetics of B27 

formation is accelerated, and begins during the 

heating stage for both treatments (B and C). It can be 

emphasised that this acceleration occurs as the 

amount of α is rather low (approx. 10 wt% in each 

case). 

 

The conversion reaction of TiB2 particles included in 

a titanium matrix has been studied in the past [14] 

[15] [21] [16]. It is known to produce massive TiB at 

the interface between the TiB2 particle and the 

matrix, with the reaction front moving inward, free 

boron moving outward, and TiB needles forming in 

the matrix. Considering that one mole of TiB2 will 

produce one mole of TiB and one mole of free boron, 

and that the solubility of the boron in titanium is 

limited (reported to be <1at% both in α and in β [28] 

[29]), the matrix will be rapidly saturated in boron. 

The question is then to know whether this free boron 

moving outward will form directly needles at the 

former interface between the TiB2 and the matrix 

[14], and/or will be able to nucleate further away 

from the boron source, in appropriate sites, due to a 

supersaturation of the matrix in boron [30]. 

Our present results show that after the HIP treatment 

(Fig. 2f and Fig. 2g), some TiB2 is still observed, 

with an outer rim of massive TiB and fine TiB 

needles (500 nm max. for the diameter) 

inhomogeneously distributed in the matrix. At this 

state, the major phases present are TiB2 (0.5 wt%) 

and the Bf (12.5 wt%). One can assume therefore 

that the small needles as well as the outer rime could 

be associated mainly with the Bf. Moreover, as the 

matrix is mainly composed of α phase (70 wt% 

during the dwell) one can consider that the Bf forms 

preferably in this phase. After the dwell at 1575 K, 

the reinforcement phase is mainly large needles (Fig. 

2h and Fig. 2i). The distribution of these needles is 

much more homogeneous than the ones observed 

after HIP. This structure can correspond to the B27, 

as this phase is the major one detected after the 

given treatment. 

4.2 Matrix transformation kinetics 

For the three experiments, the matrix has shown the 

same transformation kinetics. α→β transformation 

begins around 873 K. For experiment A, this 

transformation continues up to the dwell, but turns 

over after 0.5 h, and the α phase begins to grow 

again. As this treatment is applied on cold 

compacted powders, the surface oxidation might be 

relevant, despite the vacuum furnace used. The 

increase in the amount of α at the expense of β might 

therefore correspond to the growth of some “α case”. 

For the two other experiments, the α dissolution 

continues with the increasing temperature. A 

difference can nevertheless be spotted between the 

two treatments: when 1573 K is reached, there is 

some α remaining in the matrix for experiment B, 

whereas it has all been dissolved in the case of 

experiment C. The difference in heating rate could 

explain this modification. The heating rate for 

experiment B was chosen to be very high to limit the 

borides conversion during the heat up, but this may 

also influence the dissolution process, explaining the 

α still remaining at such temperature. 

However, it is interesting to note here that for both 

experiments, the α→β transformation domain has 

been extended compared to a standard Ti-6Al-4V. 

Previous experiments have shown that the 

dissolution of the α phase starts around 873 K for a β 

transus around 1268 K for Ti-6Al-4V [31]. Here, the 

same temperature was found for the beginning of the 

allotropic transformation. But the temperature at 

which nearly no more α phase is present for the 

studied composite is 1548 K for 0.25 K.s
-1

 and 

1573 K for 25 K.s
-1

. Considering that for heating 

rate of 0.25 K.s
-1

, we are not too far from 

equilibrium; this would mean an increase of the 

transus temperature of more than 200 K. Several 

explanations could be given for this shift: 

 A modification in the alloying elements 

levels in the matrix. On one hand, one could argue 

that the Ti of the matrix consumed to produce the 
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TiB increases the relative levels of alloying elements 

in the matrix (aluminium and vanadium). This may 

modify the transformation kinetics in the matrix. If 

we consider an alloy with a perfect composition of 

6 wt% of aluminium and 4 wt% of vanadium, the 

titanium consumption will lead to a final 

composition of 6.18 and 4.12 wt% of V and Al 

respectively. On the other hand, it has been found 

that in this type of alloys, alloying elements may 

have a different behaviour toward the borides. The 

solubility of aluminium in TiB is almost nill, 

whereas up to 3.3 wt% of V has been found in the 

TiB [30] [31]. This might lead to a decrease in the 

beta stabiliser (vanadium) in Ti-6Al-4V, with a 

corresponding increase in the β transus. Taking the 

same perfect alloy, with exactly 6 wt% of Al and 

4 wt% of V, and taking into account the amount of 

Ti used to produce the TiB, the vanadium solubility 

in TiB would lead to a final composition of Ti-

6.18Al-3.88V for the matrix. The increase in alpha 

stabiliser and the decrease in beta stabiliser elements 

will necessarily lead to an increase of the transus 

temperature, but the slight modification calculated 

here can’t be accounted for the whole shift of the 

transus temperature. 

 Despite its very low solubility, the boron 

introduced in the matrix might also have an 

influence on the transus temperature. The boron is 

reported to be alpha stabiliser [34]. In equilibrium 

systems, its influence has been evaluated going up to 

30 K on the transus temperature [35].  

 There might be some oxygen and nitrogen 

contamination during different processing steps of 

the process. Godfrey [18] attributed the changes in 

the transus temperature to pickups of these two 

elements during the MA. The MA is made under 

inert atmosphere, but pickups are still possible. One 

could also imagine small amounts of air remaining 

after degassing at elevated temperature, recombining 

with the material during the HIP. Gas pickups is the 

phenomena the more likely to have an important 

influence on the transus temperature, as their effect 

is relatively strong [19]. It also has to be noted that 

the gas levels in the TiB2 powders used is non-

negligible, and has to be taken into account for the 

gas contamination of the matrix. 

 

For all treatments, the presence of α’ after a slow 

cooling has to be excluded, as this phase is only 

formed when rapidly quenching from the β domain. 

The presence of this phase in the gas atomised 

powders and in the MA’ed powders can be assumed, 

especially with the absence of β in the MA’ed 

powders. But as the peaks for the α’ phase merge 

with the ones of the α phase in X-ray diffraction, it 

can’t be confirmed yet. 

 

The FWHM has been calculated for all phases 

during the different heat treatments. A strong 

variation was only observed for one phase, i.e. the α 

phase, when the treatment is applied to the MA’ed 

powders. The FWHM is dependant on both the 

instrumentation used (instrumental broadening) and 

the material itself. Two parameters of the material 

can broaden the peaks: the size of the coherent 

domains, corresponding more or less to the size of 

the grains, and the internal stresses. We’ve shown in 

Ti-3Al-2.5V matrix composites the important 

reduction of the size of the titanium grains after MA 

(Ø10 nm crystallites) [13]. The same behaviour 

could be expected, on the MA’ed Ti-6Al-4V matrix 

composite powders. The important reduction of the 

FWHM during the heat up can be therefore 

attributed to the coarsening of the matrix grains. 

However, the massive plastic deformation applied to 

the powders during mechanical alloying could also 

lead to important internal stresses in the material. 

Therefore, these stresses could also be partly 

responsible of the peak broadening in the diffraction 

patterns of the MA’ed composite powders. The 

stresses being relaxed with the temperature 

increasing, this would also explain the thinning of 

the diffraction peaks while heat treating the material. 

 

5 Conclusion 

The in-situ characterisation of the TiB reinforced 

titanium matrix composites using high energy X-ray 

diffraction allowed a characterisation of the kinetics 

of phase transformations in the material. The main 

conclusions are: 

 The transition from TiB2 to TiB-B27, via the 

TiB-Bf metastable phase. The Bf is the first phase 

formed during the conversion, but progressively 

transforms into the B27 stable boride during 

elevated temperature heat treatments. 

 The modification of the phase 

transformation kinetics and of the β transus 

temperature, mainly due to the process used to 

manufacture the composite and to the nature of the 

composite itself. The transus temperature has been 

found near 1548 K. 
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Fig. 1. Experimental set-up for the in-situ recording of the diffraction rings during the heat treatments applied to 

the composite samples 

Table 1. Typical compositions (in weight %) and characteristics of the powders used to prepare the composites. 

Material Shape Size Al V B Fe C O N Ti 

Ti-6Al-4V Spherical 45-75 µm 5.9 3.9 - 0.19 0.01 0.12 0.01 Bal 

TiB2 Irregular -10 µm - - 30 0.1 0.5 1.1 0.6 Bal 

Table 2. The different experiments applied to the composite. 

Experiment Material 
Heating rate 

(K.s
-1

) 

Dwelling 

temp. (K) 

Dwelling  

time (h) 

Cooling Rate 

(K.s
-1

) 

A Cold compacted powders 0.25 1193 2 0.25 

B Cold compacted powders 25 1573 0.3 10 

C HIP’ed material 0.25 1573 0.5 0.25 
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Fig. 2. SE and BSE micrographs of the material at different steps of the process: a. and b. gas atomised Ti-6Al-

4V powders (SE), c. TiB2 powders (SE), d. composite powders after MA (SE), e. internal structure of a 

composite powder (BSE), f. and g. the composite after HIPing (BSE), h. and i. the composite after experiment C. 

 
Fig. 3. I/2θ diffraction pattern and the corresponding diffraction plans, for a. the MA'ed powders, b. the as 

HIP’ed composite. 
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Table 3. Summary of the phases identified at different steps of the processing route, the amount estimated for 

each phase, and lattice parameters. Literature values for lattice parameters are given for comparison. 

 Material Source/State Phase Wt% 
Lattice parameters (Å) 

a b c 

References 

Ti-6Al-4V [19] 
α - 2.93 2.93 4.67 

β - 3.19 3.19 3.19 

Titanium Borides 

[36] TiB2 - 3.03 3.03 3.23 

[21] TiB-Bf - 3.23 8.56 3.05 

[22] TiB-B27 - 6.11 3.05 4.56 

This study 

Ti-6Al-4V+12 wt% TiB2 MA’ed powders 
α (or α’) 88 2.93 2.93 4.67 

TiB2 12 3.03 3.03 3.23 

Ti-6Al-4V+12 wt% TiB2 
HIP’ed 

composite 

α 85 2.93 2.93 4.68 

β 1.5 3.21 3.21 3.21 

TiB2 1 3.03 3.03 3.23 

TiB-Bf 11.5 3.26 8.46 3.04 

TiB-B27 1 6.11 3.05 4.55 

Ti-6Al-4V+12 wt% TiB2 

HIP’ed  

and heat treated 

composite 

α 72 2.93 2.93 4.69 

β 6 3.22 3.22 3.22 

TiB-Bf 1 3.23 8.56 3.05 

TiB-B27 21 6.11 3.05 4.56 

 

 

 
Fig. 4. Diffraction patterns of the Ti-6Al-4V + 12wt.% TiB2 composite powders at different temperatures during 

heating up and after 2 hours dwelling at 1193 K (Experiment A). 
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Fig. 5. In situ evolution of the phase amounts during 

experiment A. 

 
Fig. 6. Evolution of the FWHM for the {101} peaks 

of the α phase, during experiment A. 

 
Fig. 7. In situ evolution of the phase amounts during 

experiment B. 

 
Fig. 8. In situ evolution of the phase amounts during 

experiment C. 
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Abstract 

Digital image stereo correlation (DISC) is an optic 
contactless experimental technique to measure 
displacements and deformations. It provides full-
field data with sub-pixel accuracy. It is an interesting 
technique to analyze local thermal properties by 
measuring the displacements. Furthermore, the use 
of a stereo camera system makes it possible to study 
non planar specimens. This paper presents an 
experimental device using DISC to measure 
coefficients of thermal expansion (CTE) applied to a 
continuous fiber composite. The experimental 
device was validated with well known isotropic and 
anisotropic materials. Then the method was applied 
to a non planar annular composite. Orthotropic axis 
were found. In addition, full-field measurements 
revealed an inhomogeneous response to a 
homogeneous loading. This method was then used to 
study the effect of  thermal fatigue.  
 

1 Context 

Linear thermal expansion is the fractional change in 
length when a body is heated, or cooled, over a 
certain temperature range. Thermal expansion drives 
the dimensional behavior of a material. Designing a 
multi-material system, with imposed volume 
constraints and subject to thermal loading calls for a 
good control of the coefficients of thermal expansion 
(CTE)  of  each material. Thermo-mechanical 
behavior of fiber reinforced composites depends on 
the matrix composition, the fiber properties and their 
orientation. Different experimental techniques exist 
to measure thermal expansion in various 
environmental conditions (optical diffraction 
methods, dilatometer, strain gauge). However these 
techniques need specific sample preparation that can 
bring in errors (sample cutting, gauge gluing ...) and 

only give information at the specimen scale. With 
the increasing computer technology, new 
approaches, based on optical techniques, have been 
developed. Among the different full field 
measurement techniques the Digital image stereo 
correlation (DISC) method is one of the most 
popular. It is an optic contactless experimental 
technique to measure full-field  displacements and 
strains with sub-pixel accuracy. Therefore it is an 
interesting technique to analyze local thermal 
behaviour. This technique is used to obtain 
mechanical and thermal properties of a wide range 
of materials [1–3]. Furthermore, the use of a stereo 
vision system makes it possible to study non planar 
specimens.  
This paper presents a new experimental method to 
measure thermal expansion of a complex composite 
using the digital image stereo correlation technique.  
This composite is a continuous fiber reinforced 
friction material used in car clutches.  
 

2 Material and loading conditions 

The material studied is the organic clutch facing that 
transmits the rotary motion between the engine and 
the wheels. It is an annular shaped continuous fiber 
composite constituted by a fiber glass yarn fitted 
with copper strips. The composite matrix is mainly 
composed of  a phenolic thermosetting resin. The 
steps of the process are described in [4]. During the 
preforming operation, a machine guides the 
impregnated fibers coupling a uniform rotation with 
a radial translation. The two movements have 
different frequencies resulting in a fiber organization 
such as presented Fig 1. The number of sin wave per 
2π phase angle (N) is an important parameter as it 
defines the fiber orientation [5]. The preform is put 
into a heated mould pressed and cured at 250°C.   
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Fig. 1. Preform and view of a clutch facing

 
The studied clutch facing has external and internal 
diameters of 240 and 160 mm respectively. It is 2.5 
mm thick. During the engagement manoeuvre, 
sliding contact occurs between the clutch facing and 
the counter faces (flywheel or pressure plate
temperature of the material increases. The 
temperature rise can be important in the case of 
repetitive engagement. The thermal loading is cyclic 
as the clutch is engaged and disengaged many times 
during its life cycle.  

3 Measuring CTE with DIC 

3.1 Digital image Correlation 

The digital image correlation (DI
provides displacements and strain maps on deformed

Fig. 2
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image

Deformed
image

Speckle
pattern on 
specimen

Cross camera 
Temporal correlation

 

clutch facing. 

The studied clutch facing has external and internal 
diameters of 240 and 160 mm respectively. It is 2.5 

the engagement manoeuvre, 
sliding contact occurs between the clutch facing and 
the counter faces (flywheel or pressure plate) and the 
temperature of the material increases. The 

rise can be important in the case of 
ermal loading is cyclic 

engaged many times 

(DIC) technique 
provides displacements and strain maps on deformed 

surfaces. The correlation is possible only 
surfaces have a random texture, 
white speckle. The surface 
black and white spray paint. 
(ROI) is defined on the specimen surface. The ROI 
is divided into subsets. The algorithm tracks the 
subsets finding the corresponding location of the 
reference subsets in the deformed image.
compare the deformed and reference subsets, the 
DIC algorithm compares the 
in each subset. Optimized criteria for pattern 
matching have been formulated 
Normalised Sum of Square Di
criteria is used. Once the 
displacement components of the centre of the 
reference and deformed subset can 
The strain field is then derived from the filtered 
displacement field. When using one camera, (2D
DIC), the temporal correlation as described above 
does not take into account out of plane 
displacements. To determine the position of an 
object in the three dimensions, two
images of the same object, with a different camera 
angle are needed. Digital 
(DISC or 3D-DIC) combines
stereoscopic matching (Fig. 2.).
makes the difference between strain and out of plain 
displacements and gives 

 

Fig. 2. Schematic view of the process of DISC 
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Cross camera correlation
correlation

Displacement and strainmaps
a 3D profil

2  

The correlation is possible only if the 
surfaces have a random texture, such as a black and 

The surface is often painted with 
spray paint. A region of interest 

(ROI) is defined on the specimen surface. The ROI 
is divided into subsets. The algorithm tracks the 

nding the corresponding location of the 
reference subsets in the deformed image. To 

deformed and reference subsets, the 
DIC algorithm compares the grey level of each pixel 

subset. Optimized criteria for pattern 
matching have been formulated [6]. Here, the Zero 
Normalised Sum of Square Difference correlation 

the matching is done, the 
displacement components of the centre of the 

and deformed subset can be determined. 
derived from the filtered 

When using one camera, (2D-
relation as described above 

does not take into account out of plane 
displacements. To determine the position of an 
object in the three dimensions, two simultaneous  
images of the same object, with a different camera 

 image stereo correlation 
DIC) combines temporal and 

stereoscopic matching (Fig. 2.). The DISC method 
makes the difference between strain and out of plain 

 access to 3D profiles.

 

mapswith

exx

ICCM19 5236



 

3  

In order to correlate the stereo images, the 
correlation algorithm needs information on the 
orientation and position parameters of the cameras 
as well as the intrinsic parameters of each camera. 
These parameters are determined by calibrating the 
stereo-vision set up  which is done by recording 
images of a calibration target. The system used in 
our laboratory is Vic 3D developed by Correlated 
Solutions [7].  

3.2 Coefficient of Thermal Expansion (CTE) 

The coefficient of thermal expansion describes 
material behaviour under thermal loading. It is 
defined, in its' simplest form, as the fractional 
increase in length per unit rise temperature 
(coefficient of linear thermal expansion). In the case 
of small deformation, the fractional increase in 
length is equivalent to the strain (ε), and the CTE 
can be expressed as follows (eq. 1) 
 

CTE = �
∆�                               (1) 

 
The CTE is defined in its linear form over a limited 
temperature range. For certain materials and a larger 
temperature range, it depends on temperature. Here, 
the studied temperature range is 30°C to 300°C.  
 

4 Experimental set up and procedure 

4.1 Experimental set up 

Thermal testing was carried out using a climate 
chamber developed by France Etuves. To have an 
optical access to the specimen, the climate chamber 
is equipped with a window on top. The image 
capturing system consists of two CCD cameras 
(AVT Pike F-421B) with the resolution 2048 x 2048 
pixels providing monochromatic images with 14 bit 
of dynamic range. The software used in this study  
converts the 14 bit images to 8 bit (256 grey levels). 
The cameras field of view is 250x250 mm. 
Therefore 1 pixel on the CCD sensor corresponds to 
a 0.12 mm square on the specimen. To illuminate the 
sample and to limit reflections, the white lights are 
inside the climate chamber. Two thermocouples are 
fixed on the rear side of  the specimen and in the 
climate chamber respectively. The outline of the 
device is shown in Fig. 3. During the calibration 
procedure, the calibration target is placed inside the 
chamber so that the cameras view through the 
window. During calibration, distortion in the optical 
path is calculated and taken into account in the 
algorithm [8]. Thus, considering it is clean, the 
window of the climate chamber has limited impact 
on the measures.  
 

 
 
 

 
 

 
 

Fig. 3.a. Outline of the experimental device, b. View of the experimental set up 

Climate chamber

2 CCD cameras

Lights
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Cameras
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ComputerWhite lights
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Resolution and spatial resolution 
Resolution and spatial resolution of this technique 
depend on the characteristics of the cameras and the 
quality of the camera set up. They also depend on 
the choices made for the post processing parameters 
in particular the subset size [9]. When processing the 
data the subset size was optimized by means of the 
grey level entropy of the speckle pattern. Spatial 
resolution of displacement is directly related to 
subset size. Strain and displacement resolution are 
determined on non loaded specimens placed inside 
the climate chamber at ambient temperature. For a 
31x31 pixels subset, the spatial resolution of 
displacement is 3.7 mm, displacement resolution is  
8 µm and strain resolution is 0.01% strain. 

4.2 Experimental procedure 

The specimen is painted with aerosol black and 
white spray paint to create a speckle pattern with 
adequate contrast. Then, it is placed inside the 
climate chamber, with no restraints, in a horizontal 
position. To measure strain due to free thermal 
expansion, pairs of images are taken at room 
temperature defining the reference state of the 
object. Then the temperature is increased 
progressively. Images are taken, every 50°C from 
30°C to 300°C, when the specimen temperature is 
stabilized. In order to reduce the impact of noise, ten 
pairs of images are averaged for each temperature. 
These images were analysed with the DISC software 
Vic 3D.   
 

5 Experiment 

5.1 Experimental validation 

Validity tested on isotropic materials 
In order to verify the validity of the proposed 
technique, free thermal expansion of pure Aluminum 
(A5) and Aluminum Oxide (Al2O3) specimens were  
measured. The procedure is the same as described in 
part 4.2. For the DISC analysis of the data, a square 
region of interest (ROI) was selected in the middle 
of the specimen. This zone delimits the area over 
which the displacements are measured. The subset 
size was 33x33 pixels and 41x41 pixels for the A5 
and Al2O3 specimens respectively. The purpose of  
testing the latter was to check if, considering the 
strain resolution, this method was able to accurately 

  
 

  
 

Fig. 4. Free thermal expansion of Aluminum (a) and 
Aluminum oxide (b) measured with DISC  

 
measure a small CTE.  Mean values of the strains 
obtained for the two specimens are compared to the 
results from the corresponding Handbooks and 
presented in Fig. 4. The strain measurements of 
Al 2O3  specimen are more affected by errors as the 
mean strains are closer to strain resolution. In each 
case, deformation fields were homogeneous and 
show good agreement with CTE reported in 
literature [10], [11]. 
 
Validity tested on anisotropic materials 
This experimental device was developed to measure 
thermal expansion of anisotropic materials such as 
continuous fiber composites. The software Vic3D 
gives, for each calculated point, a 2x2 matrix 

a 

b 
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 Fig. 5. Free thermal expansion of a UD carbon fiber reinforced bismaleimide composite.  

 
with normal and shear strains. The principal strains 
and principal directions can therefore be deduced 
locally by diagonalising these local strain tensors 
(eq.2 ). 
 

�ε
 0
0 ε�


(�
,��)

=   ���
 �ε�� ε��ε�� ε���
(��)

��        (2) 

with �� = (�
 ��), �� = ���

���

, i=1,2 

 
In this case ε1 and  ε2 are the principal strains and 

U1, U2 the principal strain directions. The 
convention ε1 > ε2 was chosen. In the case of 
orthotropic materials, U1 and U2 are the in plane 
orthotropic axes. In order to verify the effectiveness 
of this approach, free thermal expansion of uni-
directional (UD) carbon fiber reinforced 
bismaleimide was measured. Classic UD principal 
directions were found  (Fig. 5). 

5.2 CTE determination of the friction material 

The device was validated on known isotropic and 
anisotropic materials. The same procedure was used 
to measure the coefficient of thermal expansion of 
the continuous fiber annular shaped composite 
described previously (part 2.). A view of the clutch 
facing with the subset grid numerically 
superimposed on the disc is shown Fig. 6. The 
subset size was 31x31 pixels and the step was 7. The 
DISC software VIC 3D was used to compute the 
Lagrange strain tensor. The strains were derived 
from the filtered displacement field with a filter box 

size of 15 calculated points. The principal strains are 
deduced as explained in part 3.1. The principal strain 
map (ε1) for a thermal loading ∆T=220°C is shown  
Fig. 7. Each calculated strain maps contains 260 
independent measured points. The full field data of 
ε1 revealed that the thermal expansion in that 
direction is not homogeneous and depends on the 
distance to the centre of the disc. The expansion of 
the disc is greater on the edges (inside and outside 
diameter) than in the middle of the annular 
composite. This is essentially due to the fiber 
organization (Fig. 1). 
To estimate the global CTE, the strain maps were 
averaged. Fig 7 presents the principal strains versus 
temperature.  
 

 

Fig. 6. View of the clutch facing and the ROI 

CTET = 26.5 10-5 + 0.005 10-5*T 
a 

Fiber 
orientation 

Principal 
strain 
direction 

b 
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Fig. 7. 2D view of the organic clutch facing under thermal loading (∆T=220°C) 

 

 

Fig. 8. Normed principal strain ε1 and  ε2 due to free 
thermal expansion 

 
The two principal strains are significantly different 
attesting of an anisotropic behaviour. To visualize 
orthotropic directions, the angle between the 
principal strain direction (eigenvector linked to the 
principal strain ε1, chosen as the higher eigenvalue) 
and the unit vector in the radial direction was 
calculated (Fig. 9.). The orientation of the principal 
strain ε1 is predominantly radial. The two in plane 
orthotropic directions of the composite are the radial 
and tangential direction of the annular disk. Two 
CTE are determined : a radial and a tangential CTE. 
In some areas radial strain is smaller than tangential 
strain (angle between U1 and Ur is 90°). This could 
 

 

Fig. 9. Map of the angle between eigenvector linked 
to eigenvalue ε1 and unit radial vector 

 
be caused by initial inhomogeneities in the material 
(fiber distribution, difference in porosity 
concentration, initial defect). 

6 Thermal Fatigue 

6.1 Loading conditions 

To study the effect of thermal fatigue on the 
dimensional behavior of the composite, the 
following thermal cycle was repeated (Fig. 10). The 
CTE was measured, with the same procedure as 
previously described (part 4.2), after 6, 50 and 100 
cycles.    

1.47

1.26

1.08

0.84

1.68

0.66

Map of the normed principal strain ε1 

∆T=220°C
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Fig. 10. Thermal cycle

6.2 Material evolution 

To determine global effect of thermal cycling
evolution of the average CTE with the number of 
thermal cycles (Fig. 10.) was measured
were used to analyze local effect of thermal cycling.
As the number of cycles increases, the radial 
coefficient of thermal expansion decreases. The aged 
composite material deforms less than 
one. Moreover, there is important scattering in the  
aging kinetic as shown Fig. 11. Full field strain maps 
show that the general decrease in CTE is partially 
localised. In fact, areas, where the principal strain 
were initially minimum, expand.  
 

Fig. 11. Evolution of the CTE with thermal cycling
for 3 specimens 

 

Thermal cycle 

global effect of thermal cycling, the 
evolution of the average CTE with the number of 

was measured. Strain maps 
were used to analyze local effect of thermal cycling. 
As the number of cycles increases, the radial 

t of thermal expansion decreases. The aged 
composite material deforms less than the as received 
one. Moreover, there is important scattering in the  
aging kinetic as shown Fig. 11. Full field strain maps 
show that the general decrease in CTE is partially 

ised. In fact, areas, where the principal strain ε1 

 

Evolution of the CTE with thermal cycling 

 
 

 
 

 

Fig. 12. Effect of thermal cycling
50 cycles (b) and 100 cycles (c)
between eigenvector linked to eigenvalue 

radial vector
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Effect of thermal cycling initially (a), after 
50 cycles (b) and 100 cycles (c) visualizing the angle 

eigenvector linked to eigenvalue ε1 and unit 
radial vector 
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This is visible on the maps representing the a
between eigenvector linked to eigenvalue 
radial vector (Fig. 12. a,b,c).  
To investigate the evolution of the thermal 
properties of the organic clutch fac
complementary tests were conducted 
stages of cycles (1, 50, 100 cycles up to 250°C)
inspection by optical microscopy of composite 
surface and dynamic mechanical analysis (DMA)
 
Optical analysis of the composite surface
After 100 cycles, cracks up to 2.5 mm are observed 
on the surface of the composite material (Fig. 12). 
These cracks mainly ran along fiber bundle/matrix 
interfaces as shown Fig 12. Indeed, the difference in 
thermal expansion of the glass fibers (around 5*10
/°C) and the phenolic resin (around 10*10
causes thermal stress in the composite when the 
temperature changes. If the thermal loading is cyclic, 
it creates thermal fatigue and causes damage in the 
material.  
 
Dynamic Mechanical Analysis (DMA)
The DMA tests were conducted on a 50N 0.1dB 
Metravib test machine. Several specimens were cut 
into the disk (size 40x12x2 mm). The results for a 
traction/compression dynamic test (1Hz, 
displacement +/- 5µm)  are shown Fig 12. The 
temperature range explored is -100°C to 300°C. 
temperature of the loss factor peek increases with 
the number of cycles. The rise may be caused by 
either solvent release and / or additional cross 
linking formation with thermal aging. In fact, studies 
have shown that around 250°C, condensation 
reactions could happen in phenol-formaldehyde type 
resins creating additional cross links 
this purpose, chemical analyses are in progress. 
progressive modification of the matrix as well as the 
occurrence of micro-cracking with thermal fatigue 
could be responsible of the observed thermal 
behaviour of the material.  
 
 
 
 

This is visible on the maps representing the angle 
between eigenvector linked to eigenvalue ε1 and unit 

To investigate the evolution of the thermal 
clutch facing, 

complementary tests were conducted at different 
1, 50, 100 cycles up to 250°C): 

inspection by optical microscopy of composite 
surface and dynamic mechanical analysis (DMA).  

Optical analysis of the composite surface 
After 100 cycles, cracks up to 2.5 mm are observed 
on the surface of the composite material (Fig. 12). 
These cracks mainly ran along fiber bundle/matrix 

he difference in 
thermal expansion of the glass fibers (around 5*10-6 
/°C) and the phenolic resin (around 10*10-6 /°C), 
causes thermal stress in the composite when the 
temperature changes. If the thermal loading is cyclic, 
it creates thermal fatigue and causes damage in the 

) 
The DMA tests were conducted on a 50N 0.1dB 

avib test machine. Several specimens were cut 
into the disk (size 40x12x2 mm). The results for a 
traction/compression dynamic test (1Hz, 

5µm)  are shown Fig 12. The 
100°C to 300°C. The 

factor peek increases with 
the number of cycles. The rise may be caused by 
either solvent release and / or additional cross 
linking formation with thermal aging. In fact, studies 
have shown that around 250°C, condensation 

formaldehyde type 
resins creating additional cross links [12], [13]. For 
this purpose, chemical analyses are in progress. The 
progressive modification of the matrix as well as the 

cracking with thermal fatigue 
could be responsible of the observed thermal 

Fig. 13. A 2 mm crack after 10

 

Fig. 14. Evolution of 
temperature, effect of 

 
 

1 mm 

1.5 mm 

8  

 

rack after 100 cycles 

 

. Evolution of the loss factor with 
temperature, effect of thermal cycling 

Fiber 
orientation 
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Conclusion 

The experimental set up described in this paper was 
validated and then used to determine thermal 
behaviour of a complex continuous fiber composite.  
This technique makes it possible to measure thermal 
behaviour of a complete structure, preserving the 
material integrity. The measures were used to 
determine orthotropic directions and CTE maps with 
a good spatial and strain resolution (3.7 mm and 
0.01% respectively). Full field measurements also 
enabled detection of inhomogenities due to structure 
or initial defects.  
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Abstract 

In this paper a new family of self-reinforced polymers (SRPs) are being described which are based on the 

biopolymer polylactic acid (PLA). The concept is based on high strength PLA tapes in combination with a thin 

outer adhesive layer based on a lower melting temperature PLA filled with carbon nanotubes (CNTs), and 

which are fused together using a compression moulding technique into a ‘brick-and-mortar’ structure. A 

biodegradable biobased engineering plastic with improved mechanical properties and the potential to sense 

biodegradation is obtained. The influence of solid-state drawing and post-drawing temperature on the 

mechanical properties of the PLA tapes has been investigated. The Young’s modulus and tensile strength for 

tapes drawn at 130 °C are 6.7 GPa and 280 MPa, respectively. Compared to isotropic PLA films, a 3.7 and 5.2 

times increase in Young’s modulus and tensile strength has been achieved. CNTs were introduced in PLA 

matrix in order to develop a smart composite system that can sense biodegradation. 

 

1. Introduction 

Environmental legislation, public concern, and waste 

management are all increasing the pressure on 

manufactures of materials and end-products to 

consider the environmental impact of their products 

at all stages of their life cycle. At this moment, „eco-

design‟ or „designing for recycling‟ must be an 

important part of our daily lives if we are to preserve 

the natural resources of our planet. The automotive 

industry, in particular, is now trying to make every 

component recyclable because of a new European 

Union (EU) directive on the end-of-life of vehicles 

(ELV). This states that by 2015 vehicles must be 

made of 95% recyclable materials, of which 85% 

can be recovered through reuse or mechanical 

recycling and 10% through energy recovery or 

thermal recycling. 

Glass fiber reinforced polypropylene (PP) 

composites are currently widely used to make car 

parts. However, these materials often suffer from 

significant loss in mechanical properties during 

recycling and further use in critical applications may 

be limited. Current trends focus on the use of natural 

fibers like flax and hemp as alternatives to glass 

fiber. Although these fibers have some ecological 

advantages since they are renewable, the relatively 

poor thermal stability may lead to severe additional 

thermal degradation during subsequent recycling or 

reprocessing steps. 

 

One promising approach is “self-reinforced 

polymer" composites (SRPs) or "all-polymer" 

composites [1, 2], in which a polymer matrix is 

reinforced with oriented fibres or tapes, or particles 

of the same polymer. This technology makes the end 

product much stronger and stiffer without any 

weight gain. SRPs have been developed to replace 

traditional fibre reinforced plastic (FRP) with high 

volume fraction of reinforcement (~ 90%), a better 

interfacial adhesion, and enhanced recyclability. In 

previous work, our group co-developed technology 

based around PP [3, 4], which is now 

commercialized under the names of PURE® and 

Tegris®. Following on from these successes our 

research into all-polymer composites has moved 

towards other polymer systems such as polyethylene 

(PE) [5], poly(ethylene terephthalate) (PET) [6], 

cellulose [7] and aramid [8]. 
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In this work, a new family of SRPs is being 

presented which are based on the biopolymer 

polylactic acid (PLA), which can be used for (semi-) 

structural applications such as automotive, general 

engineering or consumer product markets with 

improved performances (mechanical and electrical), 

functionalities (sensing properties), durability, cost 

performance and processability. The main 

advantages of using biopolymers is to create these 

performance products from sustainable resources, 

competing with fossil hydrocarbon sourced 

polymers, at the same time leaving open the 

possibility of biodegradability and composting as an 

alternative end-of-life option in addition to 

mechanical recycling  and incineration (see Fig. 1). 

 

The concept is based on PLA reinforcement tapes 

and a thin layer of PLA matrix, which are combined 

using a film-stacking technique into a „brick-and-

mortar‟ structure (see Fig. 2). The reinforcing tape is 

solid-state drawn under tension at temperatures 

below the melting point of the polymer to orient the 

polymer chains along the tape‟s axis to improve 

strength and stiffness. This layer is then sandwiched 

between two thin outer layers of a PLA matrix 

specially formulated with a lower melting point than 

the reinforcing core. During hot-pressing, the matrix 

layers are selectively melted to weld the high-

strength PLA tapes together to form a composite 

structure, while retaining the mechanical properties 

of the core component of the tape. 

 

The obtained SR-PLA holds very strong future 

promise for potential applications as high-

performance biodegradable materials. However, 

there are two important questions for the final 

product in the real applications. First of all, how 

long will it be used? Is there any degradation during 

the product‟s life time? Secondly, if degradation 

does occur, can we monitor the degradation levels 

during the usage and how can we easily realize it? 

 
Insertion of conductive nanoparticles, such as carbon 

black [9], metal powder [10], or carbon fibre [11], 

within insulating polymer matrices generates a new 

species of smart materials termed “conductive 

polymer nanocomposites (CPCs)”. These intelligent 

materials can be used for self-regulating heating 

devices or for sensor design. Electronic conduction 

in CPCs is achieved through various processes, of 

which the most important definitely are ohmic 

conduction, due to direct contact between 

nanofillers, and tunneling conduction, taking place 

when electrons can circulate through a small 

insulating barrier. Therefore, it is easy to imagine 

that a change in conductivity could be induced by 

deforming the infinite filler network. The 

deformation or break-down of the composite 

percolation network can be introduced by external 

stimuli such as temperature [12], gases [13], vapour 

[14], mechanical stress and strain [15], pH value 

[16], liquid [17], etc. In other words, the 

conductivity of CPCs can respond to outer stimuli. 

 

In present study, through the introduction of carbon 

nanotubes (CNTs) and formation of conductive 

networks, the PLA matrix was used for sensing 

biodegradation to introduce added functionality to 

the composite. Here we try to use the evolution of 

electrical conductivity as a means to monitor PLA 

degradation. The morphology of the polymer 

changes during degradation, which leads to a change 

of the filler network, resulting in a change in 

electrical conductivity of the nanocomposite. 

Therefore, through the evolution of the electrical 

conductivity signal during PLA degradation, we will 

be able to correlate the change of electrical 

conductivity of the PLA composites with the 

degradation level of the polymer.  

 

2. Experimental 

2.1 Production of PLA reinforcement tapes 

Collin single screw extruder was employed to obtain 

PLA Natureworks 4032D extruded tapes. Due to 

extrusion, it is likely that some orientation was 

already present in the tapes before subsequent 

drawing, but this is ignored in this study since the 

reported draw ratios are merely comparative. The 

extruded tape was quenched by winding on a chill 

roll, and then preceded to post-drawing on heated 

rollers to create an oriented tape. The tapes were 

drawn in a two-step drawing process. The first 

drawing step provided some initial orientation, but 

ultimate drawing was performed in the second step. 

Multiplication of the first draw ratio, λi and the 

second draw ratio, λii gives total draw ratio λ: 

i ii                     (1) 

Fig. 3 shows a bundle of undrawn and drawn tapes, 

respectively. It should be noted that the drawn tape 
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is opaque, which is caused by micro-voids in over-

drawn highly oriented polymer [18]. 

 

 

2.2 Preparation of PLA/CNT matrix 

 

Multiwalled carbon nanotubes (MWNTs) were 

supplied by Nanocyl SA (Belgium). A masterbatch 

(15 wt.% CNT loading in PLA Natureworks 3051D) 

was prepared by melt blending in a DSM mini-

extruder at 180 °C and 100 rpm for 3 min. This 

masterbatch was then diluted with pure PLA using 

the same processing conditions to produce 

nanocomposites with a desired CNT concentration. 

After pelletizing and drying, these nanocomposites 

were hot pressed into matrix films at 180 °C and 50 

bars. In this paper, samples were denoted as xCNT, 

where x represents CNTs weight concentration 

in PLA matrix. 

 

 
2.3 Hydrolytic degradation of PLA/CNT matrix  

 

Pre-weighed samples with dimensions 60 mm × 4 

mm × 0.15 mm were dried and immersed in vials of 

distilled water. The vials were then placed in a hot 

water bath at the degradation temperature 50 °C. At 

selected immersion periods, specimens were 

removed from the vials and dried until constant 

weight.  

 

 
2.4 Characterization techniques  

 

Tensile tests were performed using an Instron 5586 

at room temperature, equipped with a 1 kN load cell 

at a crosshead speed of 8 mm/min. The reported 

values were calculated as averages over six 

specimens. 

 

For the electrical conductivity tests the compression-

moulded films were cut into bars. Silver paste was 

coated on the left and right plane surfaces of the 

sample to ensure good contacts of the surfaces with 

the electrodes of the electrometer. The resistance 

between two silver paste marks along the specimen 

length direction was measured at room temperature 

using a Model 6517B Electrometer/High resistance 

(Keithley instrument Inc, USA). The voltage 

increased to 30 V at 0.5 V step increase. All current-

voltage curves were linear in this study. The volume 

resistivity was calculated in relation to the specimen 

dimensions. The measured volume resistance, Rv, 

was converted to volume resistivity, using the 

formula: 

 

( ) /VR A L             (2) 

 

Where A is the effective area of the specimen and L 

is the specimen length. For specimen with a 

resistivity higher than 10
10

 Ohm, electrical resistivity 

is not measurable and the films are considered as 

non-conductive. Three specimens for each 

composite were tested, and the average value was 

reported. 

 

Morphological studies were carried out on an FEI 

Inspector-F scanning electron microscopy (SEM) to 

investigate the dispersion of MWNTs in 

nanocomposites. Samples were cold fractured in 

liquid nitrogen and then gold sputtered before 

analysis. 

 

 

3. Results and Discussion  

 

3.1 Influence of draw ratio on mechanical properties 

 

To produce SR-PLA composites with competitive 

mechanical properties, it is essential to maximize the 

mechanical properties of the reinforcing PLA tapes. 

Tapes were produced with a range of draw ratios, λ, 

to determine the effect of draw ratio on the 

mechanical properties of the tapes. 

 

In many publications, the dependence of mechanical 

properties on the applied draw ratio is described for 

solid-state drawn fibrous structures, such as fibres, 

tapes and films. It is commonly concluded that 

Young‟s modulus and strength increase with 

increasing draw ratio, while elongation at break 

decreases. 

 
Fig. 4 shows typical stress-strain curves of the PLA 

reinforcement tape prepared at 90
 
°C upon different 

draw ratios. The tensile properties are summarized 

in Table 1. As expected, drawing has a positive 

effect on modulus and strength of tapes. Compared 

to isotropic PLA film (1.8 GPa in modulus and 53 

MPa in tensile strength), a 141% and 227% increase 

in Young‟s modulus and tensile strength have been 

achieved for the oriented tapes of λ = 7.4 (4.4 GPa in 

modulus and 174 MPa in tensile strength), 

respectively. Furthermore, increasing draw ratio 

leads to a large decrease in strain to failure. These 
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results are consistent with what is reported in 

literatures [19]. 

 

 

3.2 Influence of post drawing temperature on 

mechanical properties 

 

It was reported that the drawing temperature in the 

second step can have a dramatic effect on 

mechanical properties. For this set of tests, tapes 

were produced at a constant take up speed and 

increasing drawing temperature in the second step 

from 70 to 130 °C in 20 °C increments.  

 

From the tensile test data presented (see Fig. 5 and 

Table 2), a significant influence of post drawing 

temperature on the overall mechanical behaviour can 

be seen. Young‟s modulus and tensile strength of the 

post drawn tapes increases with post drawing 

temperature, with maximum values obtained for 

tapes prepared at 130 °C. The Young‟s modulus and 

tensile strength for tapes drawn at 130 °C are 6.7 

GPa and 278 MPa, respectively. The values are 

467% and 155% higher in modulus and strength 

compared to tapes drawn at 70 °C. Compared to 

isotropic PLA films, a 3.7 and 5.2 times increase in 

Young‟s modulus and tensile strength has been 

achieved. Impressively, the elongation at break is 

also greater than for any of the other tapes. In other 

words, the tapes drawn at 130 °C have better 

stiffness, strength, and toughness. 

 

According to an unpublished work, the crystal 

modulus of poly-L-lactide acid (PLLA) along the 

chain axis is 12 GPa by using X-ray diffraction [20]. 

This low value compared to PE is reasonable 

judging from its helical skeleton (10/3 helix) and 

large cross-section of a molecule. Therefore, a 

modulus of 6.7 GPa for a melt-extruded tape is 

reasonable. Not only compares this well to the 

theoretical value, but the stiffness reported in this 

work exceeds the maximum values reported in 

literatures for melt-spun fibres, which typically lie 

between 3 and 6 GPa [21, 22].  

 

Fig. 6 compares the mechanical property of SR-PLA 

reinforcement tape in this research with 

conventional filler based plastic composites used for 

semi-structural applications such as automotive 

parts.  The property of SR-PLA bidirectional sheet is 

forecasted. Although the modulus of SR-PLA sheet 

is lower than glass fibre filled PP, the tensile 

strength is quite impressive, and higher than many 

traditional filler based polymer composites. 

Therefore, SR-PLA composites could be of interest 

for products where strength is critical. 

 

 

3.3 Nanotube dispersion 

 

The homogeneous dispersion of CNTs in the 

polymer matrix is one of the most important 

requirements in achieving conductive 

nanocomposites. SEM images of fracture surfaces 

for nanocomposites containing 1 and 5 wt.% CNTs 

are shown in Fig. 7. CNTs are well dispersed in the 

PLA matrix without showing noticeable MWNTs 

aggregates for both nanocomposites. 

 

 

3.4 Electrical conductivity and percolation threshold 

 

The electrical property of insulating polymers filled 

with conductive filler is one of the most important 

physical properties to these composites. The 

percolation threshold is investigated for composites 

containing CNTs. As seen in Fig. 8, the percolation 

threshold is around 0.7 wt.%.  

 

 

3.5 Degradation sensing 

 

In this section, it is demonstrated how the 

PLA/CNTs films are not only electrically conductive 

but also sensitive to degradation stimuli. Fig. 9 

shows the resistivity-degradation period dependence 

of PLA/CNTs films with different filler loadings.  

 

As seen in the Fig. 9, generally the resistivity 

decreases upon degradation. However, different 

nanotube concentrations lead to significant 

differences in sensitivity of the electrical signal.  

 

Resistivity remains almost constant for 

nanocomposites with 3 wt.% CNTs. Uponlowering 

the CNT content to 1 wt.%, a slight change in 

resistivity within one order of magnitude is 

observed. Similar behaviour is also observed for 

nanocomposites with 0.8 wt.% CNTs. Here, the 

change in resistivity is approximately two orders of 

magnitude, which indicates that a lower CNT 

concentration makes the system more sensitive. For 

composite with a CNT loading around the 

percolation threshold of 0.7 wt.% the resistivity 

decreases dramatically compared with higher 

concentrations. Here, the value changes about four 
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orders of magnitude. Nanocomposites containing 

CNT concentrations below the percolation threshold 

(0.5 wt.%) were also investigated to see whether 

these are more sensitive to degradation. However, 

here the resistivity value is above 10
6
 Ohm.m, which 

outside the measurement range for the current 

experiment set up. The results show that even after 

14 days degradation in water the resistivity is still 

not measurable. There is however a sudden jump in 

resistivity after 21 days degradation, which becomes 

constant quickly after that. In other words, the 

nanocomposites with 0.5 wt.% CNTs seems less 

sensitive over a wide degradation time range than 

nanocomposites with 0.7 wt.% CNTs.  

 

Clearly, the composite with a CNT loading around 

the percolation threshold gives the highest 

sensitivity and strongest signal.  

 

Many studies have investigated the degradation 

behaviour of PLA [23]. It is generally accepted that 

degradation proceeds in two main stages. Water 

diffuses first into the amorphous regions which are 

less organized and allow water to penetrate more 

easily than the highly ordered and densely packed 

crystalline regions. The second stage starts when 

most or all of the amorphous regions have been 

removed and water slowly penetrates the crystalline 

regions.  

 

When CNTs are blended with semi-crystalline 

polymers, the CNTs tend to be located in amorphous 

phase, since more energy is required for the CNT to 

disperse in crystalline phase than that in amorphous 

phase [24]. Hence, when during degradation 

amorphous PLA is removed, this will directly result 

in a change in CNT network morphology. 

 

In present study, the observed decrease in resistivity 

of the CPC, rather than the increase in resistivity as 

generally observed when sensing most other stimuli 

such as strain, temperature and vapours, is probably 

due to an increased CNT network density after 

removal of (amorphous phase) polymer. Composites 

containing 3 wt.% CNTs have already a very strong 

network and hence, polymer degradation does not 

lead to major changes in local nanotube densities.  

 

In conclusion, the PLA/CNT outer layer of the tape 

is demonstrated to possess good degradation sensing 

abilities at CNT concentrations around the 

percolation threshold, which makes them good 

candidates for applications in smart biocomposites. 

4. Conclusions 

SR-PLA composites with degradation sensing have 

been successfully developed in this pilot research 

work. The results showed a 3.7 to 5.2 times increase 

in Young‟s modulus and tensile strengths for the 

oriented tapes compared to isotropic PLA film. 

Through the evolution of electrical conductivity 

during PLA/CNT compound degradation, we were 

able to monitor biodegradation of these polymer 

composites. Composites with a CNT loading around 

their percolation threshold showed the highest 

sensitivity and strongest signal. 

Ultimately these high strength PLA tapes can be 

woven into fabrics, which subsequently can be 

moulded into sheets and thermoformed into complex 

shaped 3D products, such as shell structure, beams 

or even sandwich panels when combined with a 

PLA foam core. These initial results indicate that 

SR-PLA composites may provide a promising green 

alternative to commercial polymer composites with 

embedded smartness. 
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Fig. 1. Life cycle of SR-PLA composites. 

 

 

 

 

 
 

Fig. 2. Schematic of the hot compaction process for co-extruded tapes.  
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Fig. 3. The appearance of undrawn and drawn tapes. 

 

 

 

 

 

  

 

 

Fig. 4. Stress-strain curves of PLA tape prepared at 90
 °C 

and different draw ratios. 

  

 

 

 

 

    

 

 

Fig. 5. Stress-strain curves of PLA tape post drawn at 

different temperatures. ( ≈8) 

 

 

 

 

 

 

 

 

 

Fig. 6. Comparison of mechanical property for 

unidirectional tapes and bidirectional SR-PLA composites 

together with commercial (semi-structural) composites. 
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Fig. 7. SEM images of (a) 1CNT and (b) 5CNT. 

 

  

Fig. 8. Change in electrical resistivity with CNT loading                    Fig. 9. Resistivity of composites film as a function     

for composites film.                                                                              of degradation period.   

 

 
 

Table 1. Tensile properties of PLA tapes post drawn at 90 
°
C and different draw ratios. 

 

 

 

 

 

 
 

 

 

 

 

 

 

Draw ratio Young’s modulus (GPa) Tensile strength (MPa) Strain at break (%) 

1 1.8±0.1 53±2 11±2 

3.8 3.5±0.1 157±7 66±9 

5.4 4.0±0.2 172±12 41±6 

7.4 4.4±0.4 174±13 26±6 

(a) (b) 
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Table 2. Tensile properties of PLA tape post drawn at different temperature ( ≈8). 

 

 

 

 

 

 

 

 

 

Post drawing 

temperature (
 
°C) 

Young’s modulus 

(GPa) 

Tensile strength 

(MPa) 

Strain at break 

(%) 

70 4.6±0.2 109±18 23±4 

90 4.4±0.4 174±13 26±6 

110 5.8±0.2 248±26 29±9 

130 6.7±0.4 278±7 38±4 
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1 Introduction 

Fiber reinforced composite materials are 
increasingly used in high-performance lightweight 
applications. Due to their excellent mass specific 
properties, their fields of use reach from aircraft and 
wind energy applications all the way to the 
automotive industry. Their wide-spread application 
raises questions of safety and reliability of 
composite materials. Very strict airworthiness 
certification regulations demand a no-damage-
growth design strategy for civil composite aircraft 
structures, i.e. damages which are below the barely 
visible threshold must not grow in service 
environmental loading conditions. Other than for 
metallic primary aircraft structures, the fatigue 
behavior is regarded very conservatively due to a 
lack in precise and robust design methods which is 
also due to the common belief that composites are 
not prone to fatigue. This, however, is only true for 
low service loadings so the current no-damage 
growth strategy can only be achieved by applying 
very strict strain limits to the structure in the design 
phase leading to a loss of lightweight potential. 
To overcome the uncertainties regarding the fatigue 
behavior of composite materials and to further make 
use of their great lightweight potential, extensive 
research both experimentally and numerically is 
needed. In this work, the phenomenology of the 
fatigue behavior of fiber reinforced composites is 
presented in short. The preparation of experimental 
investigations is described presenting a specially 
designed test rig to perform four-point-bending 
fatigue tests which will be used to further investigate 
the damage mechanisms observed by other 
researchers. In addition, the various numerical 
approaches to model the fatigue behavior will be 
presented. Conclusions regarding the applicability of 

these models to certain problems will be drawn and 
a new approach to model the fatigue behavior on the 
micro-level will be presented. This includes an 
energy-based criterion for neat resin damage as well 
as a numerically efficient cycle jump algorithm 
which uses damage extrapolation for skipping cycles 
with low damage gradients. 
2 Composite Fatigue Phenomenology on the 
Macro Scale 

Similarly to the static load case, the fatigue behavior 
of fiber reinforced polymers is highly complex and 
driven by multiple damage mechanisms. The 
observable damage mechanisms include matrix 
cracking, delaminations, fiber-matrix debonding, 
and fiber breakage. The dominating damage 
mechanism depends on many parameters like 
reinforcement type, layup, and the load amplitude, 
i.e. a higher cyclic load can induce different damage 
mechanisms than a lower load [1]. 
Compared to metallic materials, the fatigue damage 
in composite materials is not isolated in a single 
crack but grows at multiple locations until damage 
coalescence leads to final failure [2]. In particular 
matrix damage starts very early leading to a gradual 
degradation in stiffness and strength, whereas metals 
barely suffer from degrading properties during 
fatigue life [1]. Usually assumed to be a matrix 
dominated problem, Lorenzo and Hahn [3] point out 
that the governing damage mechanism in 
unidirectional materials highly depends on the 
material of the constituents and on the loading 
amplitude, i.e. low or high cycle fatigue. For 
unidirectional materials, high cyclic stresses result in 
a fiber dominated failure whereas low cyclic stresses 
induce matrix dominated failure mechanisms. 
However, for most cases, i.e. for arbitrary layups, 
fatigue damage will be matrix dominated originating 
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in the off-axis plies as shown by Hosoi et al. for 
quasi-isotropic layups [4]. 
Glassy state polymers like epoxy resins used as 
matrix materials in fiber reinforced composites have 
time-depended, i.e. viscoelastic properties. Miyano 
et al. [5] and Epaarachchi and Clausen [6] point out 
that dependency on load frequency, load level, as 
well as temperature can be traced back to 
viscoelastic material properties. Also, the specimen 
temperature increase for different loading 
frequencies is mainly due to viscoelastic properties 
[7].  
Besides the obvious influences of fatigue behavior 
of composites like fiber material, matrix material, 
layup, type of reinforcement (woven fabric, 
unidirectional material, etc.), also experimental 
testing boundary conditions have an influence. 
Frequency influence: Composites are highly 
sensitive to the testing frequency [8-11] since a 
change in frequency influences the internal heat 
generation in the composite. However, no general 
rules like higher frequencies cause earlier fatigue 
failure can be drawn. Barron et al. [11] report, for 
instance, that a rise in frequency from 5 Hz to 10 Hz 
sharply reduces the life span; however a further 
increase to 20 Hz results in slightly increased 
lifetime. 
Mean stress influence: Cyclic loading with positive 
stress ratios results in a phenomenon called mean 
stress creep [12], which is accounted for empirically 
in many numerical models, e.g. [13, 14]. 
Stress ratio influence: According to Kadi and Ellyin 
[15] as well as Mandell and Meier [10], the stress 
ratio of the cyclic loading plays an important role. 
Within the tension-tension-range of the stress ratio 
R, the fatigue life increases with increasing stress 
ratio, whereas with in the compression-compression 
range, increasing the magnitude of R decreases the 
fatigue life. For simplification reasons, a stress ratio 
of 0 or 0.1, i.e. tension-tension loading with small or 
zero lower stress, is used for many experimental 
fatigue investigations, even though this load case is 
very rare in reality [1]. 
Other fatigue performance influences are 
environmental conditions like moisture absorption 
[16] and temperature [5], as well as sensitivity to 
voids and other manufacturing defects [17, 18]. 
 
 

3 Experimental Fatigue Testing 

In addition to the high number of specimens needed 
to characterize a composite material sufficiently for 
the static load cases, various time- and history-
dependent parameters tremendously increase the 
problem size. Therefore, efficient testing is a key 
concern in fatigue research. Since the material needs 
to be studied at different load levels at relatively low 
frequencies to avoid thermal damage, the testing 
procedure is quite extensive. In addition, when 
dealing with fiber reinforced composite specimen, 
deviations in manufacturing parameters and defects 
in the heterogeneous microstructure result in high 
scatter of the test results which is further 
compounded by the high sensitivity of fatigue 
damage to micro-scale damage like voids [17, 18]. 
For both cost and time efficient testing, a test rig has 
been designed which allows parallel displacement 
controlled testing of six four-point-bending fatigue 
specimens. An electric motor drives an adjustable 
eccentric tappet which is connected to the outer 
support of the specimen. Due to the construction 
restriction of the simple design, the load can only be 
applied displacement driven, not load driven as is 
the case with classical testing procedures used to 
obtain S-N-curves. Also, the displacement cannot be 
readjusted once the test is running, since the 
eccentric tappet is set prior to the test. As described 
above, a stress ratio of 0 (tension-tension) results in 
mean stress creep so that both the displacement and 
the load level cannot be held constant throughout the 
test with a classic four-point-bending support as the 
displacement amplitude decreases with further 
testing, fig. 1. 

 

 
(a) 

 

 
(b) 
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(c) 

Fig. 1: Visualization of developing mean stress 
creep in fatigue bending setup: The displacement 

amplitude decreases as the mean stress creep starts 
evolving. 

 
Due to the simple design using an adjustable 
eccentric tappet, a displacement or load control 
which in-situ adjusts the amplitudes based on 
predefined criteria cannot be deployed. To force the 
specimens within the displacement imposed by the 
test rig, the specimens are loosely “clamped” into 
the test rig which also allows for reverse loading, fig. 
2. 
The test planning includes 0°, 90°, and ±45° gfrp 
prepreg specimens as well as neat resin specimens 
with and without a single glass roving inserted. 
While the composite specimens are used to study the 
damage mechanisms at a very basic level, the neat 
resin specimens are used to develop a damage model 
for the numerical micro scale analysis since the 
actual fatigue damage is accounted for via neat resin 
and fiber-matrix interface damage. 

 
Fig. 2: Scheme of the four-point-bending fatigue test 

rig including the mount for “clamping” the 
specimens to allow for reverse loading. 

 

4 Numerical Description of the Fatigue Behavior 

Many researchers have proposed numerical models 
to describe the various effects of cyclic loading in 
composite materials [19-24]. Degrieck and Van 

Paepegem [1] categorize three major groups of 
numerical fatigue models: Fatigue life models allow 
for a rather rough life-time prediction. Usually based 
on S-N-data, failure criteria similar to the static load 
cases are utilized to make global life time 
predictions. The advantages of these models are 
their simplicity and efficiency both numerically and 
experimentally, as some of them need very little 
experimental data. However, similar to static failure 
criteria, progressive and developing damage is not 
considered so the observed stiffness degradation 
over the lifetime cannot be predicted. The indication 
of “failure” at a material point also indicates local 
failure only; a global failure prediction is difficult to 
obtain with these models. 
The second category of fatigue models are residual 
stiffness/strength models which are usually empirical 
descriptions of the mechanical property degradation 
during fatigue life. This allows for a continuous 
degradation of properties throughout the analysis. In 
combination with simple failure criteria, the effect of 
fatigue loading can be simulated quite accurately 
and efficiently given that the experimental data are 
sufficient. Due to their empirical nature the 
extension to different material configurations and 
layups is difficult and related to quite expensive 
experimental effort. Also the underlying failure 
mechanisms are not captured, only their effect on the 
mechanical properties is modeled. If different failure 
mechanisms are activated by a change in boundary 
conditions, the model might unintentionally be used 
beyond the validity boundaries leading to erroneous 
results. 
Progressive damage models are physically based 
and describe the actual failure mechanisms and often 
focus on one particular mechanism to determine the 
effect of, for instance, matrix cracks on the 
transverse stiffness of the ply or determine the 
growth of the damage itself, for instance 
delamination growth. Their physical basis makes 
them more expandable to other layups or materials 
than purely empirical models. Even though these 
models capture certain damage mechanisms in detail, 
damage initiation and damage interaction cannot be 
accurately captured on the macro scale. 
From the fatigue phenomenology it can be 
summarized that damage under cyclic loading: 

• Starts very early in the loading history and 
at the micro scale 
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• Is matrix dominated for most problems 
• Leads to continuous degradation of laminate 

properties (stiffness and strength) due to 
micro damage and matrix degradation 

• Is sensitive to interfaces like fibers and 
voids 

Since all reported damage mechanisms and fatigue 
damage observations arise at the micro-scale, it can 
be concluded that an accurate description of the 
constituents in the micro-scale yields fundamental 
and accurate results for the macro-scale and thus of 
the whole composite. Furthermore, the high number 
of failure criteria and fatigue models for composite 
materials developed in the past indicate that the 
macro-scale is limited in accuracy so that the best 
macro-scale material model cannot fully capture the 
range and complexity of active damage mechanisms 
governing the micro-scale driven fatigue behavior. 
Clearly a micro-scale problem, damage initiation in 
the composite is the weak point in many fatigue 
models so accurate evaluation of it demands for a 
detailed micro-model. 

4.1 Modeling the Micro-Scale 

Heterogeneous, periodic micro structures like fiber 
reinforced composites can be modeled using 
representative volume elements (RVE) [25-27]. The 
prerequisite for this is the validity of scale separation, 
i.e. the length scale of the RVE is small enough to 
represent a point on the macro scale. However, the 
RVE must be large enough to contain enough 
information to be representative in order to yield 
accurate effective properties. Trias et al. [28] 
quantify this condition with the RVE size minimum 
being at least 4 times the size of the largest inclusion, 
i.e. the fiber diameter, for a carbon fiber reinforced 
composite. The effective stresses and strains are 
formulated in terms of volume averages over the 
entire RVE volume. Furthermore, the Hill-Mandel 
condition must be fulfilled which demands the 
consistency of energies calculated from effective 
measures with the energies calculated from micro 
scale measure. Using periodic boundary conditions, 
this principle is fulfilled a priori. 
McCarthy and Vaughan [25] present a tool to create 
a 2D statistically RVE of a fiber reinforced 
composite using the nearest neighbor algorithm. On 
this basis, a tool for ABAQUS has been developed 

which allows the definition of an extended 3D 
model. Similarly to McCarthy’s and Vaughan’s 
model, the fibers are placed periodically in the RVE. 
In contrast to the original model, though, the 
distribution is artificially random to be able to 
produce RVE with varying fiber volume fractions. 
Different algorithms are utilized for that including 
the hard core method and the nearest neighbor 
algorithm with each being more suitable for low and 
high fiber volume fractions, respectively. The fiber 
volume fraction can be predefined and is usually 
matched within a ± 0.25 % tolerance. 
Cohesive COH3D8-Elements are used to model the 
fiber-matrix interface since fiber-matrix debonding 
is an important damage initiation mechanism. Also, 
since the influence of internal interfaces is to be 
investigated, using an imperfect interface modeling 
technique is sensible. 
The tool imposes periodic boundary constraints 
which are used to introduce the full 3D macro scale 
displacement gradient  
 

𝑯 =
𝜕𝒖(𝑿, 𝑡)
𝜕𝑿 , 

(1) 

 
where 𝑿 denotes the position vector of the current 
material point, 𝑡  the time and 𝒖  the displacement 
field. 
For improved usability, a graphical user interface 
(GUI) has been developed which is completely 
embedded in the software using ABAQUS’ Python 
scripting interface capabilities. Within the GUI, the 
distribution algorithm, material parameters, element 
sizes and boundary conditions can be defined in tabs. 
Fig. 3 shows the GUI as well as an example of a 
resulting 3D RVE. The GUI also allows the 
definition of cyclic loading which is explained in 
further detail in the next section.  
The material models used for the three constituents 
are different for static and cyclic loading. For static 
load cases, the matrix material is modeled 
elastoplastically using Mohr-Coulomb plasticity 
similar to the approach of McCarthy and Vaughan 
[25]. The fiber matrix interface uses the bilinear 
traction-separation law implemented in ABAQUS 
with the according material parameters. For both 
static and cyclic load cases, the fiber material is 
modeled ideally elastic without degradation. As for 
the cyclic load case, the matrix material is modeled  
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(a) Python-based GUI embedded in ABAQUS 

 

 
(b) Example of a resulting RVE-model 

 
Fig 3: GUI and resulting 3D RVE 

 
ideally elastic, however, in this case the properties 
are degraded with ongoing cyclic loading based on 
an energy criterion as explained further in the next 
section. Also for the cyclic loading, the traction-
separation approach of the cohesive elements is 
replaced by a continuum mechanics approach 
similar to the matrix material. 
Tab. 1 lists the assumed material parameters used for 
the static load cases with 𝛷𝑓  and 𝛹  denoting the 
friction and the dilation angle used in the Mohr-
Coulomb-model, respectively, and 𝑡𝑛 , 𝑡𝑠  denoting 
the onset of Mode I and II degradation with 𝑈𝑓𝑟𝑎𝑐  
being the total fracture energy of the interface. The 
stiffness of the interface was chosen to be equal to 
the matrix stiffness. The cohesive stiffness 𝐾 can be  
 

Table 1: Material parameters used for the static load 
case (with * GPa, ** MPa, † J/m2, ‡ GPa/m) 

Fiber Matrix Interface 
𝐸11 238.0* 𝐸 3.63* 𝐾 22 ∙ 106‡ 
𝐸22
= 𝐸33 

28.0* 𝜈 0.34* 𝑡𝑛 90** 

𝜈12 0.23 𝛷𝑓 26° 𝑡𝑠 90** 
𝜈13 0.03 𝛹 10° 𝑈𝑓𝑟𝑎𝑐  10†  
𝜈23 0.33     
𝐺12
= 𝐺13 

24.0*     

𝐺23 7.2*     
 
calculated from the interface thickness 𝑡  and the 
Young’s modulus 𝐸 of the matrix via 
 

𝐾 =
𝐸
𝑡

=
3.63 𝐺𝑃𝑎
0.165 µ𝑚

= 22 ∙ 106 𝐺𝑃𝑎/𝑚 (2) 

 
The interface thickness is chosen arbitrarily and is 
equal to 2.5 % of the fiber diameter of 6.5 µm which 
is used here. 

4.2 Continuous Degradation Procedure 

The continuous degradation material model used 
here is a residual stiffness model: Note that the 
residual stiffness models mentioned in section 2 deal 
with composite materials on the macro-scale. The 
model used here is used for the isotropic matrix and 
interface material on the micro-scale. 
For low cycle fatigue in isotropic materials, 
ABAQUS features an approach based on the 
accumulated elastoplasic hysteresis energy. To 
accumulate this type of energy, the material has to 
be loaded beyond the yield criterion and also 
unloaded again beyond the yield criterion. The 
degradation is carried out using an isotropic (1 − 𝐷) 
damage approach where 𝐷  is the damage variable. 
The damage initiation criterion is 
 

𝑁 > 𝑁0 = 𝑐1∆𝑤𝑐2 (3) 
 
with 𝑁  being the current cycle number, ∆𝑤  the 
accumulated elastoplastic hysteresis energy, and 𝑐𝑖 
material parameters. The damage evolution follows 
a Paris law [29] like equation 
 

ICCM19 5258



𝑑𝐷
𝑑𝑁

=
𝑐3 ∙ ∆𝑤𝑐4

𝐿
 

(4) 

 
again with 𝑐𝑖  being material parameters and 𝐿 
denoting the characteristic element length. This 
degradation procedure is very rough and well suited 
for low cycle fatigue with highly plasticizing load 
cases. However, for high cycle fatigue with low or 
no plastic deformation introduced, the accumulated 
elastoplastic energy is not an applicable energy 
measure. Instead for linear elastic materials, three 
energy measures are eligible to replace the 
elastoplastic hysteresis energy: the dilatational 
(volumetric), the distortional, or the total strain 
energy density can be postulated to accumulate and 
thus to initiate damage in the matrix according to 
equation (4). The study by Asp et al. [30] among 
others shows that the dilatational (volumetric) stress 
state around the fiber is the critical driving force for 
initiating fiber-matrix-debonding. For this reason, 
the dilatational strain energy density given by 
 

∆𝑤 =
1 − 2𝜈

6𝐸𝐷
(𝜎11 + 𝜎22 + 𝜎33)2 (5) 

 
with 𝐸𝐷  denoting the damaged Young’s modulus, 
and 𝜎11, 𝜎22, 𝜎33 the normal stresses, is taken as the 
accumulation energy measure to assess the long-
term behavior on a micromechanical level. 
Following equation (4), the damage variable 
increase ∆𝐷  for a given cycle jump ∆𝑁  can be 
expressed within the time discretization as 
 

∆𝐷 = 𝑐3 ∙ ∆𝑤𝑐4  ∆𝑁 (6) 
 
Note that the characteristic element length is omitted 
here since the accumulated energy is formulated in 
form of energy densities. Mesh dependency was 
found to be non-existent since no localization of the 
damage occurred with further mesh refinement on a 
benchmark single hole tension specimen. 
The key to a numerically efficient analysis is the 
proper choice of the cycle jump size ∆𝑁 in the above 
equation. Too large values result in inaccurate 
damage propagation whereas too little values 
increase the cost of the calculation. In this work, a 
constant value of 1000 cycles was used as a 
compromise of accuracy and efficiency. In a 
tension-tension load case, schematically displayed in  

 
Fig 4: Schematic display of a cycle jump in a one-

DOF force-time diagram 
 
Fig. 4, the framework is such that at maximum 
loading condition (point 1), the energy measure is 
evaluated within a user material subroutine (UMAT), 
the damage initiation criterion (3) is checked and if 
met, the damage variable 𝐷  is calculated at every 
integration point according to equation (6). It is 
saved as a status variable which is being read before 
the next loading stage at point 2 so the stiffness is 
degraded individually at every integration point. 
The cycles are displacement driven and 
implemented by the Python-tool using the amplitude 
feature in ABAQUS. The user can define the 𝑅 ratio 
as well as the “upper” displacement gradient 
allowing for multiaxial fatigue load cases. 
As mentioned above, the energy based degradation 
described above is then suitable for both the matrix 
material and the interface since the traction-
separation behavior is replaced by a continuum 
mechanics approach. The effect of the interface can 
be accounted for by adjusting the degradation 
parameters separately for the matrix and the 
interface material. In this work, the interface 
properties are set equally stiff but more vulnerable in 
terms of damage initiation and propagation to 
account for the observance of early interface damage 
prior to the actual crack evolution, tab. 2. These 
parameters were fitted based on data provided by 
Sauer and Richardson [31] who investigate the 
fatigue behavior of polymers. To match the typical, 
qualitative shape of the stiffness degradation curve, 
the degradation procedure has been modified. While 
the damage variable 𝐷 is still calculated according to 
equation (6), the actual stiffness degradation is 
carried out using the following expression: 
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Table 2: Material parameters used for the cyclic load 
case (in case of the resin material: qualitatively fitted 

using data by Sauer and Richardson [31]) 
 Resin Interface 
𝑐1 [𝑀𝑃𝑎1.44]  1000 1 
𝑐2 [-] -1.44 -1.44 
𝑐3 [𝑀𝑃𝑎−1.5] 0.008 0.01 
𝑐4 [-] 1.5 1.5 

 
𝐸𝐷 = (1 − 𝐷2/3)𝐸0 (7) 

 
where 𝐸𝐷 is the degraded Young’s modulus, and 𝐸0 
is the undamaged Young’s modulus. 
To qualitatively verify the degradation procedure for 
the resin material, a neat resin RVE was investigated 
under tension-tension loading, fig. 5. While the 
parameters 𝑐1  and 𝑐2  control the damage initiation, 
i.e. the number of cycles until the onset of 
degradation, the parameters 𝑐3  and 𝑐4  control the 
shape of the degradation curve. 
 

 
Fig. 5: Development of relative stiffness over 

relative life time for a neat resin specimen under 
tension-tension loading 

4.3 Results and Discussion 

4.3.1 Static loads 

In contrast to the statistically representative volume 
element used by McCarthy and Vaughan [25], the 
RVE used in this work creates completely random 
fiber distributions with predefined fiber volume 
fractions. The advantage is the universality of the 
tool as no detailed information of the microstructure 
except the well determinable fiber volume fraction is 
needed to create the micro model. However, the lack 
of statistical representativeness might lead to  

 
(a) 

 

 
 

(b) 
 

Fig 6: Stress-strain curve and interface damage (a) 
and transverse crack connecting the interface 

damage locations with yield bands (b) of an RVE 
with 59.2 % fiber volume fraction. 

 
deviations in the damage behavior which are not 
negligible. To assure the validity of the model, a 
transverse loading was imposed on an RVE with 
roughly the same fiber volume fraction used in the 
numerical works by Vaughan and McCarthy [32] 
and the experimental works by O’Higgins et al. [33], 
fig. 6. As can be seen, the stress-strain relation 
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obtained with the random fiber distribution matches 
very well. 
Deviations come from the natural scatter when using 
statistical methods to place the fibers in the 
surrounding volume. However, the slight non-
linearity as well as the failure stress and strain can 
be reproduced very accurately. Also the damage 
initiation near but not at the location of the closest 
distance of the fibers match the observing of Asp et 
al. [30] as well as Vaughan’s [32] micro model. The 
final failure then occurs when the properties of the 
interface elements are completely degraded. The 
debonding locations introduce high local plastifying 
stresses in the matrix in-between the debonds so the 
developing matrix yield bands connect the fiber-
matrix-debonds to form a transverse crack through 
the RVE. 
The similarity between Vaughan’s statistically 
representative RVE and the completely random fiber 
distribution model here indicates that the damage 
behavior is not primarily characteristic of the 
statistical distribution but depends more on the fiber 
volume fraction which is the only input-parameter 
used here. In other words, the random fiber 
distribution with the same fiber volume fraction 
creates a characteristic fiber pattern similar to a 
statistically representative distribution. The lacking 
statistical aspect of the model used here is therefore 
of negligible importance for the damage behavior of 
the RVE. 

4.3.2 Cyclic loads 

The cyclic analysis has been carried out with a 
cyclic tension-tension ( 𝑅 = 0 ) transverse strain 
loading simulating uniaxial transverse tension. The 
transverse strain amplitude was kept constant at 
0.45 %. Since the cohesive elements have been 
replaced with ordinary solid elements using the 
energy criterion described above, the location of 
damage initiation must be checked for plausibility. 
In a first calculation, a deliberately small RVE was 
chosen which was meshed very finely to accurately 
study the crack initiation and growth behavior before 
calculating a larger, more representative RVE. 
Gamstedt and Sjögren [34] have investigated the 
damage initiation sites of glass fiber reinforced 
epoxy on a micro mechanic scale under tension-
tension loading. Similarly to the static load case  
 

 
(a) 

 

 
(b) 

 

 
(c) 

 
Fig. 7: Damage initiation (a) and crack coalescence 

(b) for transverse tension-tension in comparison with 
static experimental data from [34] (c) 
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investigated by Asp et al. [30], the damage initiation 
mechanism is a fiber matrix debonding near but not 
at the location of the closest distance of the fibers. 
This initiation and growth of fiber-matrix-debonding 
is very well reproducible with the RVE shown in fig. 
7a.  
With further cycling, the debonds spread through the 
matrix to form a dominant transverse crack which 
can be seen in the RVE calculation as well, fig. 7b. 
Gamsted and Sjörgen [34] point out that the actual 
debond locations are widespread across the observed 
cross-section while the actual transverse crack 
formation is somewhat random and sparse. In the 
calculation shown, all interfaces get damaged while 
only one transverse crack develops. 
It can be observed experimentally that the debonding 
hot-spots are located east and west of the fibers 
spreading to the north and the south without growing 
completely around the fiber, fig 7c. Note that the 
experimental observations in fig. 7c were found 
upon static loading assuming that the damage 
mechanism is the same in case of cyclic loading. 
Checking the RVE calculation, the same debonding 
behavior can be observed, highlighted in fig. 7b as 
well. No fiber-matrix-debond growths completely 
around the fiber which is due to the different stress 
states around the fiber which contribute more (west 
and east) or less (north and south) to the dilatational 
strain energy density. It can be concluded that the 
initiation of interface damage is mainly due to the 
dilatational stress state which also develops around a 
totally isolated fiber. This means that one fiber in an 
RVE also experiences interface damage, namely at 
the east and west of the fiber. Taking into account 
the fiber-fiber-interaction, the dilatational stress state 
is shifted from the east and west towards the location 
of the closest distance of the fiber and is exaggerated 
so that a higher amount of dilatational energy is 
observed compared to the isolated fiber. But since 
quasi isolated fibers damage as well, basically all 
fiber-matrix interfaces experience damage with 
ongoing cyclic loading so the observance of multiple 
fiber-matrix-debond locations reported by Gamsted 
and Sjörgen [34] is plausible. The crack coalescence, 
however, is mainly due to the fiber-fiber-interaction 
and highly sensitive to the location of the fibers to 
each other. A crack will form along an especially 
suitable path which can hardly be predicted 
beforehand. This explains the observation that  
 

 
(a) 

 

 
(b) 

 
 

 
Fig. 8: Damage initation sites (a), transverse crack 
formation for an RVE with 65.2 % fiber volume 

fraction 
 
damage initiation occurs at multiple locations while 
transverse crack formation is relatively sparse which 
is observed with the proposed model used here, and 
is consistent with the literature sources. 
The actual transverse crack growth as connection of 
the fiber-matrix debonds at sparse locations as 
reported in [34] can be seen even better using an 
RVE which contains more fibers as shown in fig. 8. 
While multiple debond sites can be observed, the 
transverse crack behavior is very similar to the 
experimental observations shown in fig. 7c.  
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5. Conclusions and Outlook 

In this contribution, general considerations on the 
fatigue behavior of composites are presented. The 
conceptual design of an cost-efficient test rig is 
presented. A categorization of the various numerical 
composite fatigue models is presented and evaluated 
in terms of applicability for different use cases. The 
authors come to the conclusion that the micro-scale 
plays an important role in fatigue damage initiation 
and propagation which cannot be considered 
homogenized only when the fundamentals of fatigue 
mechanisms are to be investigated numerically. A 
tool is presented to create RVE models with random 
fiber distributions capable of imposing static and 
cyclic load cases on a micro-scale. The characteristic 
damage behavior in static loading conditions is 
investigated and found to match the statistical 
representative volume element (SRVE) used by 
McCarthy and Vaughan [25]. The conclusions 
drawn are that the random fiber distribution creates 
similar fiber patterns which result in the same 
characteristic damage behavior as the SRVE. 
For the cyclic load cases, a continuum damage 
mechanics model with energy based degradation is 
presented for the matrix and interface material. The 
material parameters for the matrix material are fitted 
based on typical stiffness degradation behavior of 
polymers available in the literature [31]. The energy 
measure used is the dilatational strain energy density 
which provides a profound damage initiation 
criterion for static loads [30]. The characteristic 
damage behavior in the cyclic load case matches the 
literature findings quite well. Since viscoelastic 
polymer properties, which are the cause for 
frequency dependence and temperature development 
during fatigue testing, are neglected in this model, 
the energy measure used in the current model might 
not be sufficient to accurately capture all fatigue 
effects at the micro-scale. The energy accumulated 
by the damping component of the material might be 
a more suitable energy measure for including 
temperature and frequency dependencies for 
instance. 
The present work uses a cycle jump algorithm which 
is essentially a damage extrapolation procedure with 
constant values for ∆𝑁. The advantage is that not 
every cycle needs to be considered in the calculation 
saving massive computational cost at loss in 
accuracy. This algorithm needs to be refined so that 

an adaptive cycle jump can be performed, i.e. in 
highly developing life phases the cycle jump would 
be smaller, whereas in slowly developing damage 
phases the cycle jump could be larger. Also the 
effect of the accuracy needs to be investigated in 
detail. 
The most effort for future work includes the 
experimental testing of the neat resin specimen with 
and without a roving included to validate the 
material models used here. 
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1 Introduction 

In the automotive industry the application of 

composite materials is steadily increasing, due to 

regulations with regard to the reduction of CO2 

emission and the need to compensate the additional 

weight of batteries in electric cars. One major 

challenge limiting the utilization of the full 

lightweight potential is the joining technology, 

especially in hybrid structures where composites are 

bonded to metallic parts. A joining technology with 

a high potential of taking full advantage of the 

material is adhesive bonding since it allows for an 

even stress distribution and does not require holes 

and thus local reinforcements as conventional joints 

with fasteners do. However, to achieve a strong and 

durable bond, surface pre-treatment is often 

necessary to remove surface contaminations such as 

residues of release agents. 

With the use of FRP in larger quantities it therefore 

becomes necessary to develop procedures which 

allow for automated bonding pre-treatment with a 

high reliability and low process times. As one 

possible approach to the aforementioned challenge 

this paper presents low-pressure blasting, a novel 

blasting process where the grit is not accelerated by 

positive but by negative pressure inside a closed jet 

cap and provides results from surface analyses and 

mechanical testing which have been performed on 

CFRP surfaces pre-treated by this process. 

2 Current industrial solutions for CFRP 

treatment 

As discussed before, surface pre-treatment is a major 

remaining challenge for the adhesive bonding of 

composite materials. 

In the aerospace industry often peel-plies are used as  

surface pre-treatment, but these cannot be applied 

for automotive parts because in the first place the 

parts have a more complex shape and thus the 

draping and also the removal of the peel-ply is quite 

time-consuming. Secondly, the area where adhesive 

bonding is performed is often close to the exterior 

shell and thus has to fulfill class-A requirements 

which are not met by the rough pattern resulting 

from the removal of peel-ply. This adds to several 

disadvantages of peel-ply surfaces described in the 

literature [1-3]. 

In the last few years, various novel pre-treatment 

processes were investigated which have a high 

degree of automation and show a good 

reproducibility as regards the surface characteristics. 

Especially the pretreatment by means of laser beam 

or atmospheric-pressure plasma shall be mentioned 

and have also been investigated by the authors [4-

11]. However, both procedures have the 

disadvantage of causing comparatively high 

investment costs. Furthermore, for the laser 

pretreatment only limited preliminary studies are 

available. The plasma treatment has the well-known 

disadvantage that the thickness of contaminated 

layers which can be removed is limited. 

For the reasons named above, especially in the 

automotive industry the most commonly applied 

method for surface pre-treatment is manual 

abrading, which, due to its simplicity, can be done 

cost-effectively. But the high personnel costs and the 

limited reproducibility resulting from the mainly 

manual operation restrict the usability of this 

procedure in future large-scale manufacturing. 

Apart from the simple procedure, main 

disadvantages of the process are the necessity for 

prior and subsequent cleaning which requires the 

application of solvents, the strong dependence of the 

amount of abrasion on the normal force applied and 

thus the comparably bad process reliability and the 

elaborate way of automating the process for complex 

geometries. Positive pressure-blasting processes are 

an alternative to mechanical removing of 
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contaminations but the process generates dust which 

makes encapsulation necessary and limits the 

potential of integrating the process into a production 

line. Furthermore, also subsequent cleaning is 

necessary to remove residues of grit and abrasion 

products from the surface. 

 

3 Low-pressure blasting 

For the reasons mentioned above, low-pressure 

blasting was investigated in the work presented here 

as a possible alternative for the bonding pre-

treatment of fiber-reinforced composites, in the light 

of integrating the procedure into the manufacturing 

process. The procedure was developed and patented 

by GP Innovation GmbH, Germany. The 

investigations were done within a publicly 

sponsored project. 

The low-pressure blasting process uses the same 

mechanical abrasion mechanisms as conventional 

high-pressure grit blasting, but the grit is accelerated 

by a negative pressure inside a closed jet cap which 

is provided by an industrial vacuum cleaner. Figure 

1 shows the schematical build-up of the low-

pressure blasting jet cap. The jet cap is sealed to the 

surface by a dynamic gasket which enables lateral 

movement of the jet cap relative to the surface. 

Compared to conventional positive pressure grit 

blasting the process has the advantages that firstly, 

due to the encapsulation the surroundings are not 

contaminated with dust, and secondly the grit and 

abrasion products are directly removed by the flow 

going to the suction device. For this reason, a post-

treatment of the treated surfaces - unfavorable from 

the process perspective - is not necessary. Apart 

from the advantages mentioned above, the procedure 

is characterized by low investment costs, compared 

to laser or plasma plants. In addition, the process can 

be well automated, because the jet cap can be 

mounted on a robot, as, for instance, used for 

mechanical trimming of the edges of RTM 

components. This way, the reproducibility of the 

operating process is also guaranteed. 

The ablation of surface layers, e.g. release agent 

residues, necessary for an effective pre-treatment, is 

caused by an erosion process on the surface, as in 

the case of high-pressure blasting or grinding [3]. 

When the grit hits the surface, the kinetic energy is 

used to detach particles from the surface layer 

whereby a local ablation occurs. This ablation is 

significantly determined by the blasting material 

used, i.e. particle size and material, as well as the 

speed of the particles which again depends to a great 

extent on the pressure difference between cap and 

atmosphere. Apart from the kinetic energy of the 

individual particles resulting from these parameters, 

the resulting surface also depends on the processing 

time, i.e. the speed with which the jet cap is moved 

across the surface, and the mass flow of the blasting 

material. 

 

4 Materials and Methods 

The pre-treatment was performed with a laboratory 

size low-pressure blasting device provided by GP 

Innovation GmbH, Germany. The jet cap was 

mounted to a fixed rack; the specimens were moved 

underneath the rack by a two axis industrial x-y 

table. The feed rate was controlled by the speed of 

the x-y table. 

In the first step, with the aim of gathering more 

information about the process a high-speed video 

camera was used to determine the speed of the grit 

particles when leaving the inlet tube. For this 

purpose a special jet cap with a glass window was 

used. 

This paper shows results which were gathered using 

four different kinds of grit particles, one was finely 

ground Na2CO3, the three others were broken glass 

particles with an average grit size of 180, 500 and 

1000 µm. 

The lap shear and peel tests described in this work 

have been performed on two different material 

combinations representing a typical automotive and 

aerospace configuration of adherends and adhesive. 

 

Table 1: Material configurations 

 Adherend 1 Adherend 2 Adhesive 

Automotive 

configuration 

RTM 

CFRP 

EP matrix 

Aluminum, 

electro-

coated 

2 part 

epoxy 

Aerospace 

configuration 

Prepreg UD 

CFRP 

EP matrix 

Prepreg UD 

CFRP 

EP matrix 

1 part 

epoxy film 

 

In addition to the mechanical tests surface analyses 

have been performed by optical light and scanning 

electron microscopy. Furthermore, a rough 
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estimation of the surface wetting has been performed 

by the use of contact angle measurements. 

 

Within the framework of the experiments described 

in this paper the kind of grit, the size of the particles, 

the pressure difference between jet cap and 

atmosphere and the treatment speed were varied. To 

achieve comparable results in all cases the mass 

flow of the grit was held constant at 300 g/min. 

5 Results 

5.1 Characterization of the blasting process 

In the first step of the experiments the kinetic energy 

of the particles was calculated, based on the 

measured velocity and the average particle size and 

their mass. The particle velocity was measured by 

using a high-speed video camera shooting 11200 

frames per second. Particle tracking and calibration 

to a defined length in the picture were used to 

determine the average speed of the particles. Figure 

2 shows a picture series which was used to measure 

the particle velocity – the average time between two 

of the pictures is 89 µs. Figure 3 shows the 

dependency of the particle velocity on the nominal 

diameter and pressure difference between jet cap and 

atmosphere. 

To ease the particle tracking these experiments were 

carried out using a reduced mass flow of 50 g/min – 

comparative analyses of a mass flow of 300 g/min 

used for the specimen treatment showed that the 

influence of the mass flow on the particle speed is 

less than 8 % and thus negligible compared to the 

spread caused by particle size fluctuation. 

To determine the average diameter and the size 

distribution of the different blasting granulates a 

vibration sieve tower was used. The size distribution 

was afterwards specified by weighing the mass of 

granulate in the different sieves and putting it into 

relation to the total weight. 

The average weight of a single particle cannot be 

determined by weighing because of the very low 

particle size and thus the comparably high spread 

caused by inaccuracy of the weighing unit. For this 

reason the average particle weight was calculated by 

multiplying the average grain volume with the 

density of glass (2.5 g/cm³). To validate this 

assumption of the density, 100 glass particles were 

weighed and a density of 2.28 g/cm³ was calculated. 

Taking into consideration that the particles were 

idealized as spheres and the 100 grains were taken 

statistically, the error of less than 10 % is acceptable. 

Based on this assumption the average weight of the 

particles was calculated as shown in Table 2. 

The combination of all the information described 

above enables the calculation of the kinetic energy 

and setting it into relation to the particle size of the 

broken glass particles and the difference between 

atmospheric and jet cap pressure. This information is 

given in Figure 4. 

 

 

Table 2: Calculated average particle mass 

Granulate Avg. diameter [µm] Weight [µg] 

Na2CO3 155 4.9 

Broken glass 

GB 180 
146 3.8 

Broken glass 

GB 500 
374 68.5 

Broken glass 

GB 1000 
765 586 

 

5.2 Characterization of treated surfaces 

Surface characterization has been performed by 

roughness measurements, optical microscopy, 

scanning electron microscopy (SEM) and by 

characterization of the surface energy using contact 

angle measurements. 

The surface roughness measurements have been 

performed using a confocal laser scanning 

microscope. For these measurements, feed rate, jet 

cap pressure and nominal grain size were varied. 

Table 3 sums up the measured average roughness Ra 

and depth of roughness Rt. 

 

Table 3: Surface Roughness 

 Ra Rt 

untreated 0.142 2.82 

Varied feed rate; 

GB180; -200 mbar jet cap pressure 

840 mm/min 2.007 11.044 

2400 mm/min 1.723 14.436 

6000 mm/min 0.652 7.287 

Varied jet cap pressure; 

GB180; 2400 mm/min 

-200 mbar 1.723 14.436 

-150 mbar 0.951 6.682 
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-105 mbar 0.914 3.972 

Varied nominal particle size; 

-150 mbar; 2400 mm/min 

GB180 0.951 6.682 

GB500 2.196 11.615 

GB1000 3.890 11.245 

 

These results demonstrate increasing roughness and 

thus treatment intensity if either the feed rate is 

reduced, or the jet cap pressure or nominal particle 

size are increased. However, the use of larger 

particles leads to a more inhomogeneous treatment 

of the surface because the mass flow was kept 

constant and thus fewer particles hit the surface. The 

correlation between kinetic energy of the particles 

and the achieved average roughness is illustrated in 

Figure 5. 

Figure 6 shows images taken by optical microscopy 

from three differently treated surfaces. Picture a) 

shows the surface treated with the lowest intensity, it 

is clearly visible that some parts of the surface have 

been treated and that the surface is slightly 

structured. Picture b) shows an increased treating 

intensity compared to a). Resin is removed and 

fibers are getting locally exposed. Further increase 

of the treatment intensity creates a surface as shown 

in c), fibers are exposed and the top resin layer is 

removed completely. No particles or abrasion 

products are visible on any of the surfaces 

investigated. 

SEM pictures of CFRP surfaces blasted with broken 

glass particles of a nominal size of 180 µm, a jet cap 

pressure of 200 mbar and different feed rates as well 

as untreated and grinded references are shown in 

Figure 7. The untreated surface shows some dust and 

contamination and also a very smooth surface 

correlating with the low roughness values presented 

in Table 3. The surfaces which were abraded with 

P80 sanding paper show deep scratches and 

destroyed fibers but also areas that appear to be as 

the untreated surfaces and may thus not have been 

treated sufficiently. As already described in the 

optical microscope pictures in Figure 6 and 

correlated with the roughness values in Table 3, the 

intensity of abrasion increases if the feed rate is 

reduced. The specimen which is blasted with a feed 

rate of 840 mm/min shows clearly exposed fibers, 

the one treated with 6000 mm/min only locally 

exposed fibers and some craters caused by the 

impact of single particles, for this feed rate no 

laminar treatment of the surface is achieved. 

Figure 8 shows a comparison of the surface energy 

before and after low-pressure blasting with glass and 

Na2CO3 particles. For this test it has to be taken into 

consideration that the change in surface roughness 

also influences the wetting angle of the test liquids. 

However, there is a significant increase in 

wettability for both kinds of particles, which is 

presumably caused by the removal of release agent 

residues by the mechanical abrasion. Furthermore 

the increase of the polar component of the surface 

energy due to the Na2CO3 particle blasting is 

significant. This might be caused by chemical 

interaction between the Na2CO3 and the epoxy resin 

which is possible, due to the agile electrons inside 

the Na2CO3 molecules. 

 

5.3 Mechanical tests 

In the course of the testing program described in this 

paper two different material configurations were 

investigated as described in Table 1. For these two 

combinations different failure modes can occur. 

These are presented in Figure 9. For the aerospace 

configuration either adhesion failure, which means 

interfacial failure between the adhesive and the 

adherent, or cohesion failure inside the adhesive was 

observed. These are well known for adhesive bonds 

and will be tagged AF or respectively CF in the 

following. The automotive material configuration 

also showed failure inside the top layer of the CFRP 

adherent and failure between the aluminum adherent 

and the e-coating that was applied to the aluminum 

in a serial production process. These failure modes 

will be tagged as CSF (cohesive substrate failure) 

and e-coat. The latter two failure modes indicate that 

the pre-treatment which was in the focus of the work 

presented here allows the full utilization of the 

strength of the adherends. However, to achieve 

higher overall strengths an optimization of the e-

coating and the automotive CFRP should be 

investigated. 

The results of the single lap shear tests which show 

the above-mentioned failure modes are presented in 

Figure 10. The specimens manufactured from the 

aerospace setup show complete adhesion failure if 

no pre-treatment is applied. This is caused by the 

high contamination of the surface with residues of 

release agents already described by the authors on 

ICCM19 5268



 

5  

PRE-TREATMENT OF CFRP FOR ADHESIVE BONDING USING 

LOW-PRESSURE BLASTING  

the identical material in [13]. The low-pressure 

blasted specimens fail completely cohesively if 

treated with the lowest feed rate of 840 mm/min. 

Increase of the feed rate to 2400 mm/min leads to an 

amount of approx. 10 % adhesion failure and 

decrease of the lap shear strength of about 3.5 MPa. 

Further increase of the feed rate causes complete 

adhesion failure and a significant reduction in bond 

strength of about 11 MPa compared to the 

specimens treated with an 840 mm/min feed rate. 

This may be explained by the decreasing intensity of 

the blasting process which was shown in the SEM 

surface images presented in Figure 7. 

The specimens manufactured from the automotive 

material combination also show complete adhesion 

failure if the surface is not pre-treated before 

adhesive bonding. However, all of the specimens 

that were pre-treated by low-pressure blasting 

regardless of the feed rate show either failure inside 

the e-coating or inside the CFRP adherend. 

Compared to the aerospace setup the average lap 

shear strength is significantly lower for all feed rates 

and under consideration of the spread there is no 

decrease of the bond strength with increasing feed 

rate. This is caused because the e-coat and the RTM 

CFRP itself have a comparably low cohesive 

strength and thus the failure starts inside the 

adherends if a threshold value of the adhesion 

strength is achieved by the pre-treatment. Looking at 

the aerospace specimens treated with 6000 mm/min, 

which show adhesion failure at a higher strength 

than all of the automotive type specimens, it 

becomes plausible that this threshold is already 

achieved at the fastest treatment speed. Thus in the 

automotive material combination the adherents limit 

the maximum bond strength.  

To visualize the results and to take a look at a 

different kind of loading that might be more 

sensitive to surface effects, roller peel tests have 

been performed for the aerospace material 

combination. For this purpose aluminum sheets with 

a thickness of 0.5 mm have been sandblasted and 

cleaned and were afterwards bonded to the 

aerospace CFRP. The CFRP sample was not 

completely pre-treated with one parameter, but three 

approx. 25 mm wide areas have been treated with 

three different feed rates on each sample. 

Figure 11 vividly illustrates the correlation between 

failure mode and peel load for the three different 

blasting parameters or feed rates. With an increased 

feed rate the portion of adhesion failure increases 

and in the areas with this failure mode the load 

significantly decreases. In the spaces between the 

pre-treated zones complete adhesion failure occurs 

at about five times lower loads. 

With the aim to get a first impression of the ageing 

behavior of bonds pre-treated by low-pressure 

blasting aerospace setup specimens were pre-treated 

with 840 mm/min feed rate using Na2CO3 and 

GB180 particles. The lap-shear specimens were 

afterwards aged for 2000 h at 70 °C in a water 

saturated atmosphere. 

The results of the lap shear tests after ageing are 

shown in Figure 12. After ageing the failure mode of 

the specimens treated with broken glass particles 

moves slightly into the adherents but stays mainly 

cohesive inside the adhesive. This is caused by the 

moisture induced reduction of the cohesive strength 

of the adhesive and matrix resin. However no 

interfacial failure appears which means that the pre-

treatment also works well after ageing, which again 

is an indicator that the release agent residues are 

completely removed from the surface. In contrast the 

specimens which were low-pressure blasted using 

Na2CO3 change their failure mode to complete 

adhesion failure after ageing. This correlates with 

the idea of activation due to agile electrons. In this 

case only surface activation is achieved but the 

release agent is not removed thoroughly. 

 

6 Conclusions 

The increasing application of composite materials in 

the automotive as well as in the aerospace industry 

leads to the demand for a cost-efficient, well 

automatable and process-stable pre-treatment 

process for adhesive bonding. The investigations 

presented in this paper show low-pressure blasting 

as a possible alternative to conventionally applied 

processes like manual grinding or high-pressure grit 

blasting. The applicability of the process as well as 

the influence of several process parameters were 

investigated for an automotive and an aerospace 

material combination. 

It has been shown that, by application of this 

technique, a change of the failure mode from 

adhesion failure on untreated surfaces to either 

complete cohesion failure inside the adhesive or 

failure of the adherents is achievable. In the case of 

the aerospace setup this involves an increase of the 
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lap shear strength by a factor of nearly 13. For the 

automotive setup used in these investigations the 

increase is about 1.7 times higher despite the low 

strength of the adherents. 

The process parameter with the highest impact on 

the pre-treatment result was found to be the feed 

rate. The parameters described here achieve an area 

rate of about 1 m²/h. Further investigations will 

focus on the potential of increasing this area rate by 

a combined increase of feed rate and particle mass 

flow. 
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Fig. 1: Schematic design of a low-pressure blasting device 

 

 

Fig 2: Picture series showing a particle moving 

downwards 

 

 

 

Fig. 3: Dependency of grain velocity on jet cap pressure 

and nominal grain size 

 

Fig. 4: Dependency of the kinetic energy of the particles 

on the grit size and jet cap pressure 

 

Fig. 5: Correlation between average roughness and kinetic 

energy 

 

 

Fig. 8: Polar and disperse parts of the surface energy 

measured by contact angle measurements. 
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Fig. 10: Lap shear strength of specimens pre-treated by 

low-pressure blasting 

 

Fig. 12: Lap shear strength before and after ageing; 

specimens treated at 840 mm/min feed rate 

 

 

Fig. 6: Optical microscope images of CFRP surfaces treated by low-pressure blasting 

 

Fig. 7: SEM pictures of differently treated CFRP surfaces 
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Fig. 9: Failure modes for the aerospace and automotive configuration 

 

Fig. 11: Load displacement curve correlated with fracture surface after roller peel test 
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1 Introduction  
Bistable fibre-reinforced polymer laminates 
constitute an interesting approach for adaptive 
structures and gained some attention in the 
recent decades. The characteristics of bistable 
laminates are two opposing distorted, almost 
cylindrical shapes that can be converted into 
each other by bending moments. The distortion 
of laminates is usually a result of residual 
stresses that come with an unsymmetric 
architecture of fibre-reinforcement. As several 
studies [1,2,5] focussed on, the simplest bistable 
laminate is a two-layered cross-ply laminate 
where the curvature emerge vertically to the 
fibre direction on either side of the laminate. 
Since the structure stays steadily in one of the 
two curvature shapes, energy is only necessary 
for the switching between both shapes. 
Therefore only a short impulse is necessary to 
initiate that snap-through. Such an impulse can 
be induced by flat actuators like shape memory 
alloy (SMA) wires or piezoceramic actuators – 
like commercially available products such as 
Macro-fibre composites (MFC) – that can be 
attached to the surface of the laminate or 
embedded into it. The feasibility of such hybrid 
structures has been proven by several 
researchers, e.g. [3,4,6]. Single actuation with 
only one flat actuator on one side of a cross-ply 
laminate (see Fig. 1) have been studied as well 
as complete actuation cycles with a second 
actuator on the backside for reversing the 
bistable structure (2-way-effect). 

This study addresses active bistable laminates 
with 2-way-effect and the influence of 
temperature and continuous switching operation 
for a longer duration on the performance of that 
laminate type in different experimental setups. 

Fig. 1 Bistable unsymmetric cross-ply laminate 
with one attached MFC in its two stable 
equilibrium states 

2 Preliminary work 
Semi-analytical models using energy principles 
have proven to be an efficient instrument for 
conceptual design and parametric studies [1-4,6]. 
Those models have been subject of former 
studies of the authors and used for pre-
dimensioning feasible experimental specimens, 
therefore shall be described briefly.  

Displacements of the laminate are approximated 
by so called Rayleigh-Ritz functions satisfying 
the essential boundary condition of the 
mechanical system. Quadratic functions have 
shown to be convenient for describing the 
expected cylindrical bending of unsymmetric 
laminates with sufficient accuracy and fulfilling 
the boundary conditions. For considering rather 
large laminate deflections, extended strain-
displacement-relations are necessary leading to 
a system of nonlinear equations. Solving that 
system of equations leads to the coefficients of 
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the approximating displacement functions. 
Those functions describe the deformation of the 
bistable laminates due thermally induced 
residual stresses and the influence of actuators. 
Fig. 2 shows exemplary the two equilibrium 
states of a bistable unsymmetric laminate with 
an MFC attached to the upper surface in 
displacement plots achieved by the 
aforementioned mathematical method. 
Furthermore, that method allows predicting the 
actuator induced snap-through of a bistable 
unsymmetric laminate. 

Another procedure for preliminary design of 
active bistable laminates is using the Finite 
Element Analysis (FEA). Although FEA is 
more time consuming, it enables approaches for 
solving intricate problems like nonlinear 
material behaviour or a more realistic mapping 
of the bonding process. The FE program 
ANSYS offers two strategies simulating the 
MFC induced snap-through behaviour of 
bistable laminates. The program provides 

electro-mechanical analyses, simulating 
explicitly the material behaviour of piezoelectric 
materials when charged with an electric field. 
Due to reasons of compatibility and 
convergence, the whole laminate should be 
modelled using brick elements, leading to a 
considerably elevated numerical and therefore 
time consuming effort. Another approach is 
using shell elements and a thermal analogy to 
the behaviour of piezoelectric materials. Shell 
elements offer a more efficient method 
modelling thin laminates, as a significant lower 
number of elements is required and therefore a 
faster solving process possible. The missing 
piezoelectric properties will be compensated by 
appropriate defined thermal expansion 
behaviour of the active layer. The differing 
layup over the laminate area has to be 
considered when meshing the hybrid laminate 
with layered shell elements. Generally, the large 
deflections of the unsymmetric laminate require 
a nonlinear structural analysis and a stepwise 
application of loads. Furthermore, simulating 
the cooling down process of the laminate leads 
to bifurcation, that makes it necessary forcing 
the structure into one of the two possible stable 
equilibrium shapes by applying small geometric 
imperfection or small forces.  

For the design of feasible 

special coupled-field brick elements enabling 

laminate/actuator 

shape (e). 

configurations a parametric FE model using 
volume elements has been examined. A series 
of five deformation plots in Fig. 4 shows the 
simulations results of a complete 2-way snap-
through cycle of an exemplary laminate/actuator 
configuration. The sequence starts at the top 
with the first equilibrium shape (a), both MFCs 
being inactive. Charging the upper MFC, the 
other one staying passive, the laminate flattens 
to a critical shape (b) and snaps into the second 
equilibrium shape (c). As the upper MFC gets 
inactive the lower one is getting charged, 
reducing the curvature of the second cylindrical 
shape from beneath until it reaches stage (d) and 
the laminate turns back into the first equilibrium 

Fig. 2 The two stable equilibrium shapes of 
a cross-ply laminate with one attached MFC 
(semi-analytical model) 
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3 Experiments 
The experimental studies are based on the 
configuration of a rectangular [0°/90°] carbon 
fibre-reinforced epoxy polymer laminate (200  
180  0.6 mm³) with a balanced layup and two 
MFC actuators of the type M8557P1. The MFC 
patches are bonded by 2-component epoxy resin 
crosswise to either side of the laminate. Each 

actuator has been bonded separately with the aid 
of a vacuum bag, holding the whole assembly 
flat against a planar base.  

In order for using a photogrammetric measuring 
system (PONTOS), tracking three dimensio-
nally the displacement of the specimen, its 
surface needs to be prepared. Markers have been 
added in a regular pattern on one side of the test 
specimen (see Fig. 3). For reasons of simplicity 
and keeping the influence of required measuring 
aids at a minimum, just a quarter of the laminate 
surface has been applied with markers. 
Furthermore, it is assumed deformations of the 
laminate occur symmetrically around the middle 
of the laminate. Accordingly, the whole struc-
ture has been clamped vertically at its centre, 
allowing every movement around the centre and 
eliminating biased influence of gravity. The 
motion analysis software of the PONTOS 
system provides with stereo image based 
evaluation techniques 3D coordinates of the 
measuring points. Those coordinates are used 
calculating the curvatures along the axes which 
the markers are attached on.  

A voltage amplifier provides both MFC with a 
high voltage (up to 1500V) over different 
channels so each actuator can be addressed and 
driven separately. Accordingly, a special 
LabVIEW program has been written controlling 
the voltage supply of each actuator and defining 
certain voltage slopes. As described later a 
counter for actuation cycles has been 

a 

Fig. 4 Sequence of a simulated 2-way snap-
through of an active bistable laminate with 
FEA 

b 

c 

d 

e 

x 

y 

x 
y 

b a

Fig. 3 Test specimen in front view (a) and back 
view with applied strain gauges (b) 

3  
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implemented as well as criteria for stopping 
long term test series. 

The diagram in Fig. 5 shows exemplary a full 
cycle of a 2-way actuation where the hybrid 
laminate is snapped forth and back. Here, the 
course of the two curvatures (blue and red dots) 
of the laminate along the coordinate axes, which 
coincide with the symmetry lines, is outlined 
over time. The time dependent progresses of the 
voltages which drive the two MFCs attached on 
fore- and backside are overlaid with dashed 
lines. The actuation cycle starts with the hybrid 
laminate staying in the “blue” – according the 
drafts in the diagram – stable cylindrical 
equilibrium shape and activating the MFC on 
the concave (upper) side with a steadily 
increasing voltage. The MFC on the lower side 
remains inactive. As the upper actuator expands, 
the laminate flattens, being perceptible by the 
decreasing curvature κx. Meanwhile, the other 
curvature κy (red dots) rises slightly. The sudden 
jump, or drop respectively, of the curvatures 
after about 3 seconds (gray vertical line) 
indicates the snap-through, when the bistable 
laminate turns from the “blue” stable shape into 
the “red” one. At this time the actuator voltage 
reached a value of 435 V – the first snap 
voltage. The control program of the voltage 
amplifier keeps the voltage in the upper MFC 
rising until it reaches 1000 V and reducing it 
steadily with the same rate to zero. The laminate 
remains in the “red” equilibrium shape although 
it κx 

 of 

Further studies are based on the main features of 
the described full actuation cycle, whereas 
repeated switching cycles for long term 
actuation studies have to be carried out with a 
far higher frequency.  

significantly, reaching their extreme values 
when both actuators are without voltage at about 
12 seconds, marking the end of the first half

s on full actuat
cycles in further studies, a minimal voltage for 
both MFCs was determined that guarantees a 2-
way-effect. 

one cycle. The second half starts when the lower 
MFC is getting activated and expands with 
increasing voltage (red dashed line), whereas 
the upper MFC stays passive. The curved 
laminate is flattening again until the second 
snap-through occurs, flipping it back to the first 
(blue) equilibrium shape at about 17 seconds. 
The value of the second snap voltage is 845 V. 
After reaching 1000 V the voltage in the lower 
MFC is decreasing to zero and fading out the 
actuators influence on the cylindrical shape of 
the laminate. Therefore, curvatures return to 
their original values.  

Both snap voltages differ significantly (second 
being almost twice as high as the first) – as the 
curvatures in both unaffected equilibrium 
shapes also do – what are significant signs of 
the imbalance of the two equilibrium states due 
to imperfections of the bistable structure, but 
shall not be of further interest. To overcome 
those imperfections and focu ion 

s curvatures alter, κy slightly and 
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Fig. 5  Curvature-voltage-curve within a complete actuation cycle of a piecoelectrically driven 
bistable laminate (200  180 mm²) 
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4 Results 
One main aspect of the research is the influence 

vanishes. As depicted in Fig. 7, the lower the 
temperature the higher is the snap voltage, 
dropping almost linearly with increasing 
temperature. As expected, there is a high 
correlation between curvature and snap voltage. 
Furthermore, it is relevant whether increasing 
the MFC voltage to reach a minimal value 
(upper limit) for complete snap-through cycles 
or decrease the voltage against a lower limit 
where snap-through stops. 

of the ambient temperature on the switch 
behaviour of the active bistable structure, 
especially how it will affect the snap voltage. 
Since the residual stress related distortion of a 
fibre-reinforced laminate is highly dependent on 
the difference of the cure temperature and the 
operating temperature. A climatic chamber was 
used to change the temperature of the test speci-
men over a range of -40 to 35 °C (see Fig. 6). 

Beneath a temperature of -10 °C, the laminate 
distortion is too large for initiating a snap-
through by the MFCs. Above a temperature of 
27 °C, bistability of the investigated structure 

0
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upper limit of snap voltage
lower limit of snap voltage

 
Fig. 7.  Temperature dependence of the snap 
voltage of an active bistable laminate 

The difference amounts to about 50 to 75 Volts 
here. Another important issue especially for 
practical applications addresses the impact of 
continuous operation. Especially long term 
studies with their high number of full actuation 
cycles demand an automated method of 
detecting full cycles with complete forth and 
back snap-through. For this purpose two strain 
gauges have been attached on the edge regions 
of the laminate (highlighted areas in Fig. 3b and 
points in the sketch of Fig. 8) detecting maximal 
and minimal strains, respectively, in x- and y-
direction.  

-400
-300
-200
-100

0
100
200strain

[µm/m]
z y

x12

        y  at point 1
        x  at point 2

Fig. 6 Thermography picture of the climatized
specimen in the test rig 

0 50000 100000 150000 200000 25000 cycles 0 
Fig. 8.  Long-term deformation behaviour of 
active bistable laminates due to continuous 
cyclic actuation  

The signals of the strain gauges are interpreted 
by the LabVIEW program. When the measured 
strains exceed successively two predefined 
thresholds a full cycle is counted. Otherwise, 
when thresholds are not exceeded multiple 

5  
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consecutive times the test series is aborted, 

re 
decrease – and creep processes, typical for 
omnipresent operating conditions. Despite the 
large number of switching procedures 
delamination between MFC and the carrying 
laminate could not have been detected. 

5 Conclusions 
Results of studies which focus on the influence 
of temperature and high cycle 2-way actuation 
for piezoelectrically driven bistable cross-ply 
laminates have been presented. 

The high temperature dependency of the 
residual stresses in bistable laminates restricts 
deeply the temperature range within the 

r 
s, 

rough between the two 

mostly matrix related. Sealing the surface being 
waterproof or using a hydrophobic matrix 
system could help to overcome moisture related 
retardation. 

The presented studies have been limited to 
epoxy based composites and the application of 
MFC as active elements due to their simple 
processability and availability. Using other 
composite materials and actuator components 
opens up a huge variety of active bistable 

ent 

ugh of unsymmetric composites with 
multiple deformation states”. J Mater Process 
Technol, 175:225–30, 2006. 

[4] Schultz M, Hyer MW. “Snap-through of unsym-
metric cross-ply composites using piezocomposite 
actuators. J Intell Mater Syst Struct, 14(12):795–814, 
2006. 

[5] Mattioni F, Weaver PM, Potter KD, and Friswell MI. 
“Analysis of thermally induced multistable com-
posites”. Int J Solids Struct, 45(2):657–675, 2008. 

[6] Gude M, Hufenbach W, Kirvel C. ”Piezoelectrically

Jean-St-Laurent M, Fecteau A. 

usually to be traced back to a loss of bistability. 
Fig. 8 shows the results of a test series achieved 
by a switch frequency of 2 Hz. Within the first 
30,000 cycles, a settling range can be observed 
where the strains converge to a value that stays 
almost constant for the rest of the switch cycles. 
At the end of the test series, reverse actuations 
infrequently fail. These dropouts are 
accumulating until finally the reverse effect of 
the specimen is totally lost most likely due to 
moisture absorption – leading to curvatu

application field. An approximately linea
relation between temperature and snap voltage
which trigger the snap th
equilibrium shapes, could be detected. Whereas, 
the snap voltages decrease with rising tempe-
rature. At a lower temperature limit the MFC 
reaches its capacity – failing to initiate snap-
through – and at the higher temperature limit 
bistability of the laminate vanishes. Those 
issues might be faced by choosing a thermally 
more stable matrix material. 

A limiting factor of long term operation is 
curvature retardation – or loss of bistability in 
the worst case – most likely due to moisture 
absorption, as bistability can be regained 
partially by drying the laminate. Stiffness 
degradation due to fibre o

systems that can enhance the requirem
profile immensely. 
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1 Abstract 

Standard papermaking fractionating and refining 

were applied to a hardwood and a softwood pulp. 

These treated pulps were used to fabricate 

handsheets for reinforcing epoxy-resin. The 

influence of these fiber treatments on composite 

properties were evaluated. With these treatments a 

high increase in high fiber volume content and 

composite strength was possible. Furthermore, a 

model was applied for predicting the strength of 

paper based thermoset composites over a wide range 

of pulps and fiber volume fractions, based on fiber, 

paper and thermoset properties. 

2 General Introduction  

Compared to synthetic fibers like glass or carbon 

fibers, natural fibers posses a couple of advantages: 

they are low cost, available in large quantities, 

renewable, biodegradable and they have a low 

density. Therefore, a lot of research has been done 

about using natural fibers in composite materials. 

Natural fibers from annual plants like flax or hemp 

are extensively studied, mostly in combination with 

thermoplastic matrixes, but also with thermoset 

matrixes. In contrast to these annual plant fibers, 

wood fibers are available in abundance (compared to 

composite production): about 177 million tons of 

different pulp grades are produced annually, 

worldwide [1]. The by far largest share is consumed 

by the paper industry. Paper as reinforcement 

material was studied in early and mid 1940s as a 

potential material in aviation [2], [3], in the 70s and 

80s [4–7] and increasingly since the year 2000 [8–

21]. The investigations can be divided into two 

levels, the fiber level and the paper network level. 

On the network level, fiber orientation, basis weight 

and wet pressing were investigated. Higher basis 

weight causes slightly higher strength and stiffness 

values [13]. Wet pressing densifies the paper and 

leads to an increased fiber volume fraction, strength 

and stiffness values [20]. Fiber orientation increases 

strength and stiffness values in the direction of the 

fiber orientation [9], [11–13]. Of course, these 

properties are reduced perpendicular to the direction 

of fiber orientation. 

On the fiber level, many pulp grades were 

investigated, ranging from thermo-mechanical pulp 

(TMP) with a high lignin content to fully bleached 

chemical pulp from different wood species and 

pulping processes [8], [13], [21]. Latewood-

earlywood separation and pulps from different 

regions of a stem were compared as well [9]. 

Earlywood fibers gave a higher contribution to 

tensile strength and stiffness than latewood fibers 

because of a higher fiber volume fraction Vf. In most 

of the studies, the fiber content depends on fiber 

properties, and it is difficult to compare different 

fibers types. However, hardwood composites reach 

similar tensile strengths as softwood composites. 

Softwood pulps are more expensive, but have a 

much higher potential for paper strength (in and out 

of plane). Paper made of hardwood pulp gives a 

better printability, sheet homogeneity and is cheaper. 

Some authors tried to calculate fiber properties from 

composite properties [13]. An approach like that 

might be valuable for an analysis of fibers, but is not 

helpful for predicting composite properties based on 

fiber and matrix properties. In contrast to that, Du et 

al. [20] tried to predict paper based composites 

strength with traditional short-fiber models (Kelly-

Tyson, Bowyer-Bader) with single fiber and matrix 

properties. The predicted values were far lower than 

the experimental values. According to the authors, 

the observed difference might be caused by an 

underestimation of the fiber-matrix shear strength, 
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fiber strength or a contribution of the paper structure 

[20]. Despite the Kelly-Tyson equation (Eq. 1) could 

not match the experimental results, we used it to 

identify promising parameters: 

            σc = ηθ ηl σf Vf + σm (1-Vf) (1) 

with composite tensile strength σc, orientation 

efficiency ηθ, fiber efficiency ηl, single fiber strength 

σf, fiber volume fraction Vf and the resin tensile 

strength σm. Since the first term that contains the 

fiber contribution is more important, this work 

focuses on it. With paper making processes it is 

possible to change σf and Vf as will be explained in 

the following section. The single fiber strength is 

usually calculated by the zero span tensile index 

(ZSTI) [22]: 

            σf = ρf * (8/3) * ZSTI   (2) 

The fiber volume content should be linked to the 

apparent density of the paper [20]. Refining, 

fractionation and pulp type influence the apparent 

density of paper and the ZSTI. Especially refining is 

one of the most powerful processes in paper making. 

Despite of its potential, refining has not been 

investigated to modify paper composites. Also fiber 

fractionation between late- and earlywood fibers has 

only been evaluated very limited with the handicap 

of quite different fiber volume fractions [9].  

Refining is a rather harsh fiber treatment, but if it is 

done gently, the ZSTI can increase [23]. Such 

conditions exist in the PFI mill. The exact 

mechanism of this phenomenon is unclear, and 

several explanations are discussed [24]. During 

refining, also effects like fiber shortening, creation 

of fines and fibrillation and removal or inducing of 

kinks, curl or other defects occur [24]. Maybe more 

important than the increase in ZSTI is the strong 

increase in the apparent density of the paper. During 

the refining treatment the cell wall delaminates and 

the fibers become more flexible. These more flexible 

fibers form a denser network than unrefined fibers. 

In other studies the maximum fiber volume fractions 

are around 41 %. With refining, it should be possible 

to increase the maximum fiber volume fraction and 

therefore directly increase the tensile strength and 

stiffness of the composite.  

Hydrocyclones can be used to separate coarse and 

strong latewood fibers from slender and weaker 

earlywood fibers. Unfortunately, the latewood fibers 

form a paper with a low density. Therefore, 

composites made from these papers have a low fiber 

content that is compensating the stronger fibers [9]. 

Refining can adjust the paper density of late- and 

earlywood rich fractions to a similar high value. 

Therefore refining and fractionation are considered 

together in this study. 

Hard- and softwood pulps respond differently to 

refining and fractionation. The target of this study is 

to investigate the influence of refining, pulp type and 

fractionation on paper based composite and the 

possible interactions between these parameters. 

2 Materials and Methods 

Materials 

Two types of bleached chemical pulp were used in 

this study: a softwood pulp “Husum Kraft” which 

contains between 40 % and 60 % pinus silvestris and 

between 40 % and 60 % picea abies and a hardwood 

pulp made from eucalyptus. 

Pulp Processing 

Five kilogram of oven dry (o. d.) pulp were 

disintegrated for 30 minutes with 500 l of water in a 

pilot scale pulper. After disintegration, the pulp was 

diluted with tap water in a tank to a consistency of 

0.5 % and fractionated with a RADICLONE AM80-

F hydrocyclone from Noss AB, Norrköping, Sweden 

with an inlet flow of 105 l/min, an accept flow of 

85 l/min (earlywood enriched) and a reject flow of 

20 l/min (latewood enriched) at a pressure drop of 

2.1 bar. Pulp from the accept (referred to as “flexible 

fraction”) and reject stream (referred to as 

“inflexible fraction”) was taken simultaneously. 

Unfractionated pulp (referred to as “whole pulp”) 

was taken from the feed pipe of the hydrocyclone. If 

the pulp was used unrefined, it was directly poured 

into a distribution tank and used for sheet forming.  

In case of beaten pulp, the pulp was first thickened 

on a wire. After thickening, the pulp had a 

consistency of around 20 % to 25 %. Three batches 

of thickened pulp each containing 30 g of o. d. pulp 

were diluted separately to a consistency of 10 %. 

One batch at a time was refined in the PFI mill. 

Highly beaten pulp was beaten to a beating degree of 

roughly 60 °SR, resulting in 8000 PFI revolutions 

for the softwood and 6000 PFI revolutions for the 

hardwood. Lightly beaten pulp was refined with 

2000 and 1500 revolutions (softwood and 

hardwood). After refining, the pulp was diluted into 

2 l water and disintegrated with 6000 revolutions in 

the lab scale disintegrator. After disintegration the 
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pulp was poured into a distribution tank and diluted 

to a consistency of approximately 0.5 %. 

Pulp was withdrawn from the distribution tank to 

produce three lab sheets of 80 g/m² for paper testing 

and twelve lab sheets of 160 g/m² for composite 

manufacturing. The lab sheets were formed with the 

Rapid-Köthen process. An overview of the 

experimental test matrix is given in table 1: The first 

two letters indicate SoftWood or HardWood, the 

letter in the middle indicates Whole pulp, the 

Flexible or inflexible (S) fraction, the last two 

UnBeaten, Lightly Beaten or Highly Beaten. 

Paper and Fiber Measurement 

Fiber properties were measured with a Kajaani 

Fiberlab FS200, including fiber length, width and 

wall thickness. 

The zero span tensile index (ZSTI) was measured 

with a Pullmac device according to Tappi standard 

T 231 cm-96. The air permeability, tensile index and 

thickness were measured according to corresponding 

standards. 

Composite Manufacturing 

An epoxy resin (EP, Larit L-285, Lange + Ritter 

GmbH) as a cold curing system was used in this 

study. The manufacturing process is subdivided by 

several processing steps (Fig. 1). 

The specimens were manufactured by a hand lay-up 

process. This process is rather simple and commonly 

used for prototypes, batch production or large parts. 

At first, the number of papers has to be determined. 

The paper stack had to reach a total thickness of 

approx. 1.8 mm. This thickness was chosen to 

ensure a thickness of approx. 2 mm in the later 

specimens. After this, the EP resin was mixed with 

the hardener (Larit 287 – blau, Lange + Ritter 

GmbH). Once both components were added and in 

one jar, they were mixed by a wooden spatula. The 

mixture was carefully stirred to avoid air bubbles. 

After this, every single paper sheet was impregnated 

with the EP resin. After impregnating a single paper 

sheet, a new paper sheet was laid onto the 

impregnated paper and pressed onto it with a roller. 

This is done to guarantee contact between the two 

layers and especially the resin.  

In the next step the impregnated stack of papers was 

inserted into a plastic film which was sealed by 

tacky tape. To prevent over-pressing, metal plates 

were put around the laminated papers. After the 

positioning of the laminated papers, the press was 

closed and the actual pressing process started. The 

plates were heated to 50°C and the pressing force 

was set to 50 kN. The composites were pressed for 

five hours. 

The next step was the tempering. Therefore the 

plastic film was removed from the laminated papers. 

The paper plates were then put into a climate 

chamber for ten hours at 60 °C and 50 % relative 

humidity. 

Rectangle shaped flat specimens, as shown in Fig. 2, 

were cut out of the laminated paper plates using a 

diamond belt saw. To prevent overheating of the 

specimens the blade was cooled by water. The 

amount of water was minimized because the contact 

with natural fibers may cause some processing 

issues. Also the specimens were dried instantly for at 

least five hours. Before the specimens were tested 

the sides and edges were polished.  

Composite Testing 
The composite testing was conducted according to 

DIN EN ISO 527-4 “Test conditions for isotropic 

and orthotropic fiber-reinforced plastic composites”. 

All specimens were plain and provide no force 

transmission elements.  

The material was characterized by its Young’s 

modulus, tensile strength and tensile strain at break. 

3 Results and Discussion 

Fiber and Paper Properties 

Table 1 comprises different fiber and paper 

properties measured in this set of trials. Refining 

changed the fiber length of the long fiber pulp only 

moderately and the fiber length of the short fiber 

pulp not at all. The air permeability decreased 

drastically with refining. Also the flexible fraction 

formed less permeable sheets than the whole pulp or 

the inflexible fraction. Despite of the partly low air 

permeabilities, all papers could be impregnated 

without problems. 

The length weighted fiber length distribution of the 

hardwood pulp is narrower than the distribution of 

softwood pulp, see Fig. 3. The length weighted 

average fiber length of unbeaten eucalyptus is 

0.79 mm, while the average length of the softwood 

pulp is 2.13 mm. The fiber width was 26.4 µm for 

softwood and 15.4 µm for hardwood. The cell wall 

ICCM19 5282



thickness was 8.27 µm for softwood and 3.82 µm for 

hardwood. 

The photos in Fig. 4 were made with the thickness 

camera of the Kajaani Fiberlab and show fibers from 

four different pulps: hardwood and softwood highly 

refined and unrefined. The softwood fibers are 

longer and wider than the hardwood fibers. The 

refined fibers have loosened fibrils reaching out into 

the water. The fibrils are enlarging the fiber surface 

and also strengthen the bonds between fibers. Fibers 

of all pulps are curled and have defects like kinks, 

knots, micro compressions and are not homogeneous 

along their length. Such irregularities can decrease 

the ZSTI and the single fiber strength. 

The ZSTI increases rapidly with refining (Fig. 5). 

The ZSTI of the hardwood pulp increases constantly 

with refining. The softwood pulp ZSTI increases 

more quickly, but does not increase from the lightly 

beaten to highly beaten. If the pulp was not beaten, 

the whole pulp, the inflexible and flexible fractions 

have roughly the same ZSTI. Only the unbeaten 

inflexible fraction of the eucalyptus pulp achieves a 

higher ZSTI according to the expectations. At higher 

refining levels, there is no obvious trend which fiber 

fraction has the highest ZSTI. 

At first glance, it seems contradictory that refining 

can increase the single fiber strength. At second 

glance, the factors reducing single fiber strength, 

like micro compressions of the cell wall, kinks or 

other defects can be reduced by refining if the 

conditions are gentle. 

The apparent density of the paper is strongly 

affected by fractionation and refining (Fig. 6). As 

expected, the flexible fraction has the highest 

density, followed by the whole pulp and the 

inflexible fraction, compared at the same refining 

degree. Overlaying effects from refining may be the 

reason for the higher apparent density of the highly 

beaten whole eucalyptus pulp compared to the 

highly beaten flexible fraction. The density of 

hardwood paper is lower than that of softwood paper 

when the pulp is not or lightly beaten but higher 

when the pulp is highly beaten. Although the 

differences in apparent density are quite low, related 

paper properties (tensile index and air permeability) 

change significantly. However, the density is much 

more sensitive to refining which increases the 

apparent density from 0.58 g/cm³ to about 0.9 g/cm³. 

Composite Properties 

The fiber volume fraction and the composite 

strength are presented and discussed in the following 

section. The fiber volume content Vf is calculated 

by: 

               
    

     
                      (3) 

mA is the basis weight of the paper sheets, n is the 

number of paper layers used to produce the 

composite sample,    is the fiber wall density which 

was assumed to be 1.5 g/cm³, and dc the composite 

thickness. The fiber volume content VF of the 

composite varies from 36 % to almost 60 % (Fig. 7). 

Refining has the highest impact on Vf. The 

fractionation of pulp did not have a monotonic 

influence on the fiber volume content. This is 

surprising, because the flexible fraction tends to 

form denser sheets that should achieve a higher Vf. 

An explanation would be, that the number of layers 

was not kept constant but adjusted to a total 

thickness of around 1.8 mm. Depending on the sheet 

thickness, the number of layers varied from seven to 

eleven sheets. In addition, it was tried to press the 

composite to a thickness of 2 mm, but the composite 

thicknesses varied from 1.84 mm to 2.03 mm. The 

compression of the paper during pressing might also 

have an influence on Vf  [20]. 

The Vf of unbeaten hardwood paper is on the same 

level as the unbeaten softwood paper. The hardwood 

Vf rises more quickly than the softwood Vf with 

refining and reaches a higher level. 

The fiber volume content is one of the most 

important design parameters for composites, because 

it directly relates to the composite strength. Fig. 8 

shows that the apparent density of the paper can be 

used as indication for the Vf of the composite, 

although there are some disturbances due to the 

different number of sheets used and the resulting 

thickness of the composite. In [1-5] the maximum 

fiber content is about 41 %. In these former studies, 

the fiber content was a result of the selected wood 

species and/or pulping procedure. The fiber volume 

content was varied by [20] in a range from 12 % to 

31 % by paper wet pressing and composite 

fabrication method and parameters. In contrast to 

that, refining can change the fiber volume fraction 

systematically up to 60 % or possibly even higher. 

Some other authors were concerned that a high 

density paper might be difficult to impregnate 
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because of their smaller pore volume [11], but the 

papers used in this study going down to an air 

permeability of less than 25 ml/min could be 

manufactured without problems. 

With softwood as reinforcement a quite high tensile 

strength is already reached when the pulps are only 

lightly beaten. There is no further improvement in 

strength when the pulp is highly beaten. The flexible 

fraction seems to yield slightly better tensile 

strengths than the whole pulp or the inflexible 

fraction. In case of unbeaten pulp, the difference can 

be explained with the higher fiber volume content of 

the flexible fraction. In contrast to that, the lightly 

beaten flexible fraction reaches a lower Vf but still 

yields a slightly higher tensile strength than the 

whole pulp. The higher composite tensile strength 

can be explained by the higher ZSTI of the flexible 

fraction at that point (see Fig. 5).  

The tensile strength of the unbeaten hardwood 

composites is similar that of the unbeaten softwood 

reinforced composites, but increases steadily with 

refining, reaching the highest value of 133 MPa for 

the highly refined flexible fraction. There is no trend 

which hardwood fiber fraction yields the highest 

composite strength: at a high beating degree, the 

flexible fraction has the highest strength, unbeaten 

the flexible fraction has the lowest composite 

strength. It is furthermore surprising, that at a high 

beating degree the whole pulp has a higher fiber 

volume content and ZSTI than the flexible fraction 

but reinforces the resin worse. 

The differences in ZSTI might be an explanation 

why it is not possible to explain all the observed 

differences in composite tensile strength by the fiber 

volume content (Figure 10). Also refining is 

changing the character and the amount of fiber 

surface and therefore might have an influence on the 

interface between fibers and matrix. Although the 

correlation is not very good, as a general trend a 

higher fiber volume content leads to higher 

composite strengths, according to the short fiber 

strength models of Kelly-Tyson and Bowyer-Bader. 

On the other hand these models fail to predict the 

composite strength even if the ZSTI is incorporated 

[5]. 

Modeling 

If the formula for the single fiber strength (Eq. 2) is 

put into the Kelly-Tyson equation, the orientation 

efficiency can be reduced, since for both cases a 

factor of 3/8 is used in case of a 2D isotropic fiber 

distribution. In the work of [20] the composite 

strength was highly underestimated, because the 

fiber efficiency was calculated to be quite low. One 

reason why the fiber efficiency was calculated to be 

so low is that Due et al. [20] used the arithmetic 

average fiber length. For pulps, that have a wide 

length distribution including many fine particles, the 

length weighted average fiber length is closer to 

reality and should be used. Unfortunately, even with 

the higher length weighted fiber length, the fiber 

efficiency is too low to explain the experimental 

results. In normal paper, a considerable fraction of 

fibers rupture instead of being pulled out of the 

network. Now if paper fibers are glued together 

additionally with a thermoset resin, it is likely that 

the vast majority of the fibers are rupturing. Also the 

hardwood pulp with significantly lower fiber length 

achieves the same composites strengths as the 

softwood pulp. Consequently, we assumed that the 

fiber efficiency is close to 1 and removed it. 

The basis weight and the apparent density of the 

paper sheet is easy to measure while the fiber 

density is most often not known and/or difficult to 

determine. Therefore, we propose the following 

equation, replacing the fiber volume fraction with cf 

as the fiber concentration in g/cm³: 

            σc=ZSTI*cf+(1-Vf)(εc/εm)*σm
 

(4) 

The value of cf can be estimated with the apparent 

density of the paper (see Figure 8), εc can be 

estimated from a similar composite. With these 

simplifications, all of the variables in equation (4) 

are known prior to a composite manufacturing.  

The contribution of the matrix at break is calculated 

with a linearized stress-strain behavior of the matrix 

and the estimated εc. The linearization of the stress 

strain behavior of the epoxy resin is in good 

agreement with the stress-strain experimental 

determined curve (Figure 11). The model is 

predicting the composite strength sufficiently 

without any fitting constant (Figure 12). 

This model is proofed by our own experimental data 

and data from Du et al. [20]. These two data sets 

comprise a very wide range of composites: two 

thermoset resins, three pulp grades, different beating 

degrees and fiber volume fractions Vf from 12 % to 
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59 %. With the help of this model, different raw 

materials and processes can be used to maximize the 

ZSTI and apparent density of paper prior to 

manufacturing composites. The experimental effort 

can be therefore greatly reduced. 

The proposed equation uses the ZSTI directly. This 

might be helpful, because there are still unanswered 

questions, how to relate the ZSTI with the single 

fiber strength [25],[26].  

 

4 Conclusion 

The standard paper making processes refining and 

fractionation have been used to treat a softwood and 

a hardwood pulp to achieve different paper, fiber 

and composite properties. Both processes changed 

the single fiber strength, represented by the zero 

span tensile index, and the apparent density of the 

papers used for the composite. 

Different paper qualities lead to significant changes 

in composite properties. The apparent density of the 

paper determined the fiber volume content. In 

opposition to other studies, the fiber volume fraction 

results not only from the used pulp, but is actively 

changed up to 60 %. The different paper qualities 

achieved tensile strengths between 87 MPa and 

122 MPa.  

Based on the fiber content and the ZSTI, a model 

corresponding to the rule of mixture is proposed for 

the tensile strength of paper based thermosets. This 

model was validated by our own experimental data 

and data from literature. These two datasets 

comprise a wide range of different pulps, fiber 

volume fractions and two thermoset resins. The 

performance of the model was found to be good.  

Refining has a strong impact on composite strength 

since it enhances the ZSTI and the apparent density 

of paper greatly, while fractionation has a smaller 

effect on paper properties and subsequently on 

composite tensile strength.  

Despite the smaller fiber length, the strength of 

hardwood composites was on the same level as 

softwood composites.  

Acknowledgement 

The authors thank Mr. Dirk Strobl from Noss AB for 

the kind support and providing the Radiclone AM 

80-F. 

 

References 

[1] “Facts on Paper 2012.” VDP - German Pulp 

and Paper Association, 2012. 

[2] H. Cox and K. Pepper, “Paper-Base Plastics. 

Part I. The Preparation of Phenolic 

Laminated Boards,” J Soc Chem Ind, vol. 63, 

no. 11, pp. 150–154, 1944. 

[3] K. Pepper and F. Barwell, “Paper-Base 

Plastics. Part II. Production at Low 

Pressure,” Journal of the Society of Chemical 

Industry, vol. 63, no. 11, pp. 321–329, 1944. 

[4] A. J. Michell and D. Willis, “Cellulosic 

fibres for reinforcement.pdf,” Appita, vol. 31, 

no. 5, pp. 347–354, 1977. 

[5] P. Zadorecki and P. Flodin, “Effect of 

Cellulose Fiber Treatment on the 

Performance of Cellulose - Polyester 

Composites,” Polymer, vol. 30, pp. 3971–

3983, 1985. 

[6] P. Zadorecki and P. Flodin, “Properties of 

cellulose-polyester composites,” Polymer 

Composites, vol. 7, no. 3, pp. 170–175, Jun. 

1986. 

[7] P. Zadorecki and P. Flodin, “Surface 

Modification of Cellulose Fibers III . 

Durability of Cellulose- Polyester 

Composites Under Environmental Aging,” 

Polymer, vol. 31, pp. 1699–1707, 1986. 

[8] E. Sjöholm, F. Berthold, E. K. Gamstedt, C. 

Neagu, and M. Lindström, “The use of 

conventional pulped wood fibres as 

reinforcement in composites,” in 

Proceedings of the 23rd Risø International 

Symposium on Materials Science, 2002, pp. 

307–314. 

[9] E. K. Gamstedt, E. Sjöholm, C. Neagu, F. 

Berthold, and M. Lindström, “Effects of fibre 

bleaching and earlywood-latewood fractions 

on tensile properties of wood-fibre reinforced 

vinyl ester,” in Proceedings of the 23rd Risø 

International Symposium on Materials 

Science, 2002, pp. 185–196. 

[10] A. O’Donnell, M. A. Dweib, and R. P. Wool, 

“Natural fiber composites with plant oil-

based resin,” Composites Science and 

Technology, vol. 64, no. 9, pp. 1135–1145, 

Jul. 2004. 

ICCM19 5285



 

7  

ENGINEERING AND MODELLING OF MECHANICAL PROPERTIES 

OF PAPER –EPOXY COMPOSITES 

[11] L. Nordin, “Wood fiber composites: from 

processing and structure to mechanical 

performance,” LULEÅ UNIVERSITY, 2004. 

[12] P. Yadav and A. Nema, “Newspaper-

•reinforced plastic composite laminates: 

Mechanical and water uptake 

characteristics,” Polymer Engineering And 

Science, vol. 39, no. 8, pp. 1550–1557, 2004. 

[13] R. C. Neagu, E. K. Gamstedt, and F. 

Berthold, “Stiffness Contribution of Various 

Wood Fibers to Composite Materials,” 

Journal of Composite Materials, vol. 40, no. 

8, pp. 663–699, Jul. 2005. 

[14] I. Ohsawa, J. Takahashi, and K. Uzawa, 

“TENSILE PROPERTIES OF WASHI-

PAPER REINFORCED POLYLACTIC 

ACID (PLA) AS A GREEN COMPOSITE,” 

in Symposium A Quarterly Journal In 

Modern Foreign Literatures, 2007, pp. 1–6. 

[15] I. M. Low, M. McGrath, D. Lawrence, P. 

Schmidt, J. Lane, B. a. Latella, and K. S. 

Sim, “Mechanical and fracture properties of 

cellulose-fibre-reinforced epoxy laminates,” 

Composites Part A: Applied Science and 

Manufacturing, vol. 38, no. 3, pp. 963–974, 

Mar. 2007. 

[16] R. Song, H. Ino, and T. Kimura, “Mechanical 

Property of Silk / Bamboo Composite Paper 

for Effective Utilization of Waste Silk,” 

Journal of Textile Engineering, vol. 55, no. 3, 

pp. 85–90, 2009. 

[17] K. M. Almgren, E. K. Gamstedt, P. Nygård, 

F. Malmberg, J. Lindblad, and M. Lindström, 

“Role of fibre–fibre and fibre–matrix 

adhesion in stress transfer in composites 

made from resin-impregnated paper sheets,” 

International Journal of Adhesion and 

Adhesives, vol. 29, no. 5, pp. 551–557, Jul. 

2009. 

[18] R. Song and T. Kimura, “Mechanical 

Properties of Silk/Bamboo Hybrid Paper 

Reinforced PBS Green Composite,” Journal 

of textile engineering, vol. 57, no. 1, pp. 1–7, 

2011. 

[19] Z. Marrakchi, H. Oueslati, M. N. Belgacem, 

F. Mhenni, and E. Mauret, “Biocomposites 

based on polycaprolactone reinforced with 

alfa fibre mats,” Composites Part A: Applied 

Science and Manufacturing, vol. 43, no. 4, 

pp. 742–747, Apr. 2012. 

[20] Y. Du, N. Yan, and M. Kortschot, 

“Investigation of unsaturated polyester 

composites reinforced by aspen high‐yield 

pulp fibers,” Polymer Composites, vol. 33, 

no. 2, pp. 169–177, 2012. 

[21] Y. Du, T. Wu, N. Yan, M. Kortschot, and R. 

Farnood, “Pulp fiber-reinforced thermoset 

polymer composites: effects of the pulp 

fibers and polymer,” Composites Part B: …, 

vol. 48, no. 1, pp. 10–17, Dec. 2013. 

[22] R. E. Mark, “Handbook of Physical Testing 

of Paper,” in Handbook of Physical Testing 

of Paper, Vol. 1, 2nd ed., New York: Marcel 

Dekker Inc., 2002. 

[23] U. Mohlin and J. Miller, “Industrial refining-

effects of refining conditions on fibre 

properties,” in 3rd International Refining 

Conference, 1995, p. 13pp. 

[24] E. Hiltunen, A. Varhimo, and T. Pohler, 

“Pulp beating: breaking or healing the 

fibre?,” in Refining and mechanical pulping, 

2007, p. 19pp. 

[25] W. Batchelor, “The Zero-Span test- What are 

we measuring ?,” in Euromech Colloquium 

486 Deformation and Fracture Processes in 

Paper and Wood Materials, 2006. 

[26] M. Kortschot and S. Dolatshahi, “The effect 

of fibre orientation on the Zero-span testing 

of paper,” in Advances in pulp and paper 

research: 14th Fundamental Research 

Symposium, 2009, pp. 931–946.  

 

 

ICCM19 5286



 

Figure 1: Overview of the processing steps of the composite during manufacturing and preparation. 

 

 

Figure 2: Example of plain test specimen of paper-epoxy composite. 

 

 

Table 1: Overview over fiber, paper and composite properties. 

Sample ID Apparent 

density 

Air perme-

ability 

(Bendtsen) 

Tensile 

index  

ZSTI Fiber 

length  

Fiber 

volume 

fraction 

Composite 

strength 

Composite 

strain at 

break 

Unit kg/m³ ml/(min*m²) N/mg N/mg mm - MPa MPa 

SW-F-LB 780 388 78.5 147.5 1.87 41.6% 122 3.9 

HW-W-HB 904 27 81.1 135.8 0.78 59.6% 120 3.4 

HW-F-UB 584 2798 28.9 118.6 0.81 36.0% 90 3.3 

SW-S-UB 579 9920 22.8 118.0 2.11 39.1% 93 3.6 

HW-F-LB 714 938 55.0 130.3 0.80 43.9% 111 4.2 

SW-W-LB 762 1061 73.3 136.2   47.2% 119 3.5 

HW-F-HB 878 39 78.4 137.9 0.79 57.6% 133 3.9 

HW-S-LB 681 2979 51.3 133.6 0.86 46.7% 111 3.8 

SW-W-UB 578 7052 23.2 115.9 2.13 37.8% 87 3.1 

SW-F-UB 618 1916 34.3 116.9 1.92 43.6% 100 4.0 

HW-W-UB 575 4350 23.3 118.9 0.79 39.1% 100 3.3 

HW-S-UB 552 8186 22.5 127.7 0.84 41.0% 101 3.5 

SW-W-HB 871     147.7 1.90 56.3% 122 3.5 

EpoxyResin       87 10.3 

Laminating Pressing Tempering 

Cutting Drying Polishing 

Measuring Testing 
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Figure 3: Length weighted fiber length distributions. 

 

Figure 4: Kajaani Fiberlab pictures of typical fibers from a) SW-F-UB b)SW-F-HB c)SW-F-UB b) SW-F-HB. 

 

Figure 5: ZSTI of papers used for reinforcement 
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Figure 6: Apparent paper density vs PFI refining. 

 

Figure 7: Fiber volume fraction of the composites. 

 

Figure 8: Composite fiber volume fraction as a function of papers apparent density. 
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Figure 9: Tensile strength of the composites vs PFI refining. 

 

Figure 10: Tensile strength as a function of fiber volume fraction 

 

Figure 11: Stress-strain curve of the neat epoxy resin 
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Figure 12: Modelled tensile strength versus measured tensile strength. 
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 Abstract  

In present work, we attempt to unify the modeling of 
different sub-processes under the umbrella of two-
phase porous media theory. Two sub processes are 
considered: (1) the wetting and compaction of 
individual plies and (2) the overall preform 
deformation and macroscopic Darcian flow. The 
idea is to identify a set of relevant constituents, i.e. 
particles, voids and liquids, and assign them to 
pertinent media. The result is a set of overlapping 
continuous media, each having its own density-, 
velocity- and stress field on the macroscopic scale. 
In addition, we introduce internal variables to 
describe irreversible micro-processes in the system, 
such as microscopic infiltration and preform 
deformation. In this work we extend the previous 
developments, coupling the preform deformation on 
different scales to the process of micro infiltration, 
with respect to the modeling of the micro-
compaction as well as the Darcian interaction on the 
macro scale. A coupled displacement-pressure, 
geometrically non-linear, finite element model is 
presented. The approach is applied to a 
representative numerical example where we used 
parameter values out of the literature and estimates 
from our own micrographs.  

 
1 Introduction 

Traditional processing of high quality composite 
materials requires autoclave consolidation and 
curing at elevated pressure and temperature. 
Composite parts cured inside an autoclave have 
excellent quality; however, this quality comes with a 
high price tag. Recent developments in prepreg 
technology have led to the development of an Out-
Of-Autoclave (OOA) prepreg that can be cured with 
only vacuum pressure and lower temperatures [1]. 
Vacuum Bag Only (VBO) prepregs are a member of 
the family of OOA techniques for composite 
manufacturing in which composite laminates are 
produced from prepregs by vacuum-bag 

consolidation followed by curing in an oven [2]. The 
advantages of VBO over autoclave processing are 
lower capital investment, elimination of the need for 
costly nitrogen gas, greater energy efficiency and 
reduction of size constraints (larger parts) [3]. 

The modeling and simulation of composites 
manufacturing require a series of sub-models 
describing the relevant mechanisms. Moreover, the 
modeling requires a unifying continuum mechanical 
umbrella in order to handle all the sub-models 
simultaneously, while ensuring positive energy 
dissipation under the invariance of mass balance and 
balances of momentum and energy. Some of the 
necessary sub-models already exist, describing 
permeability of arrays of fibers, infiltration of a fiber 
bundle, elasticity of fiber packing etc., and may be 
generalized to constitutive equations and applied in a 
continuum context. As to the continuum formulation 
a few researchers, e.g. Larsson et al. [4], Pillai et al. 
[5], Li and Tucker [6], have proposed formulations 
to predict the consolidation as a function of coupled 
flow and deformation-based two-phase porous 
media theory, cf. also [7] for a review of recent 
developments related to large deformation 
consolidation modeling. 

The purpose of the present work is to extend the 
developments in [4] concerning two-phase 
continuum model for preform elasticity and wetting 
towards a more general formulation including 
macroscopic anisotropic resin flow. A more general 
anisotropic model for the wetted preform is also 
proposed. Like in the previous formulation, a 
particular concern is the modeling of solid 
compressibility due to meso-level wetting of the 
preform. In this context, another approach is to 
formulate mass balance in terms of logarithmic 
compaction strain measures that may be used to 
specify the compressibility of the different phases 
via the entropy inequality, cf. Larsson and Larsson 
[7]. 
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2 Homogenized theory of porous media 

2.1 Micro constituents 

To begin to build up the model we need to 
distinguish the constituents in different scales and 
the link between them. Three different micro 
constituents identified as follow where they satisfy 
the saturation constraint 

𝜙𝑝 + 𝜙𝑙 + 𝜙𝑣 = 1.                                                      (1) 

- Incompressible solid particles, p, with the 
volume fraction𝜙𝑝 = 𝑉𝑝/𝑉 , representing the 
fibers. 

- Incompressible liquid constituent, l, with the 
volume fraction 𝜙𝑙 = 𝑉𝑙/𝑉 , representing the 
resin. 

- Voids, v, with the volume fraction 𝜙𝑣 = 𝑉𝑣/𝑉, 
embedded in the fiber plies. 

We also relate to the two-phase porous media 
theory, where the micro-constituents are considered 
homogenized. In particular, the macroscopic volume 
fractions for the solid and the fluid phases, 𝑛𝑠 
and 𝑛𝑓, are defined as  

𝑛𝑠 =
𝑉𝑠

𝑉
,      𝑛𝑓 =

𝑉𝑓

𝑉
.                                                 (2) 

In view of equation (1), we also have the saturation 
constraint 

𝑛𝑠 + 𝑛𝑓 = 1,      𝑛𝑠 =  𝜙𝑝 + 𝜙𝑣,      𝑛𝑓 = 𝜙𝑙 .        (3) 

As to the modeling of fluid infiltration of fiber plies, 
the partially saturated fibers (named particles) are 
subdivided into a wet portion (already penetrated by 
resin fluid) and a dry portion. Hence, the fiber 
content in the dry region of the fiber bed is obtained 
as 

𝜙 = (1 − 𝜉)�
𝜌𝑝

𝜌𝑠
− 𝜉�

−1

.                                          (4) 

It should be noted that, based on the formulation in 
[5], manipulation has been done to obtain equation 
(4) in terms of a saturation ratio ξ defining the 
degree of wet out within a representative fiber ply 
and also the densities of the solid portion and the 
particles. Based on equation (4) and the state of the 
saturation degree,  𝜉  we are able to obtain the 
compaction of the solid phase as a function of 
irreversible wetting factor 𝜉  and the reversible 
packing volume fraction 𝜙 in the form of additive 
decomposition of the total strain 𝜀, cf. [8] for detail, 
as 

𝜀 = 𝜀𝑒 + 𝜀𝑝,                                                                  (5) 

where the reversible compaction strain 𝜀𝑒 (related to 
the packing 𝜙 and the saturation degree 𝜉) and the 
irreversible wetting compaction𝜀𝑝  (related only to 
the saturation degree 𝜉) are defined.  

 

2.2 Governing equations 

Assuming that the void motion is affine with the 
particle motion, the micro problem of three actual 
constituents in the mixture may be reduced to a two-
phase continuum problem. We thereby focus our 
attention to the formulation of a binary continuum 
model, consisting of a compressible solid phase, s, 
and an incompressible fluid phase, f.  Following the 
developments in [9] we model the problem using the 
following governing equations. 

The total mass balance of our binary mixture to 
obtain the combined mass balance relation 

𝛁 ∙ 𝒗𝑠 − 𝑛𝑠𝜀̇ = −𝛁 ∙ 𝒗𝑑 ,                                             (6) 

where 𝒗𝑑 is the Darcian velocity defined from the 
relative velocity between phases 𝒗𝑟 = 𝒗𝑠 − 𝒗𝑓 as 
𝒗𝑑 = 𝑛𝑓𝒗𝑟, 𝒗𝑠 is the solid phase velocity and 𝒗𝑓is 
the fluid phase velocity.  

Considering the localized format of the momentum 
balance in the spatial format, we obtain the balance 
relation for quasi-static behavior of the mixture, 
corresponding to the total form of the momentum 
balance specified in [8] as 

𝝈� ∙ 𝛁 + 𝜌�𝒈 = 0     ∀𝑥 ∈ 𝐵,                                          (7) 

where 𝝈� = 𝝈𝑠 + 𝝈𝑓 is the total Cauchy stress,  𝜌�  is 
the bulk density, 𝒈 is the gravity and B represents 
the current configuration domain. In turn, 𝝈�  is 
related to the effective (constitutive) stress 𝛔 and the 
fluid pressure p via the Terzaghi effective stress 
principle,  

𝝈� = 𝛔 − p𝟏.                                                                   (8) 

In order to arrive at proper FE-formulation, we 
derive the weak form of the coupled set of equations 
(6) and (7). Whereby the mass balance is recast into 
weak form as  

� (𝝉 − 𝐽𝑝𝟏): 𝒍[𝒘]𝑑𝑉
𝐵0

= � 𝒘 ∙ �̅�1𝑑Γ
Γ0

   ∀𝑤 ∈ 𝑃, (9) 

and momentum balance is recast into weak form 
becomes  
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� 𝜂𝐽�̇�𝑉
𝐵0

− � 𝜂𝑛0𝑠𝑒𝜖𝜖̇𝑑𝑉
𝐵0

− � (𝛁𝜂) ∙ 𝐽𝒗𝑑𝑑𝑉
𝐵0

= −� 𝜂𝑄𝑑Γ
Γ0

    ∀𝜂 ∈ 𝑆,              (10) 

where in turn P is the function space containing the 
virtual displacement field w[x], and S is the function 
space containing the virtual fluid pressure field η[x]. 
We also introduced prescribed tractions �̅� = 𝝈� ∙ 𝒏 
and flow 𝑄 =  𝒗𝑑 · 𝒏  on the outer surface  Γ0 . 
Throughout the FE analyses, a Taylor-Hood element 
is adopted corresponding to quadratic interpolation 
for the placement and linear interpolation for the 
fluid pressure. More detail is presented in section 3 
for numerical procedure. 

 

2.3 Balance of energy and entropy for isothermal 
behavior 

A combined balance of energy yields the change of 
internal energy of the mixture material. Likewise, 
the entropy inequality for the mixture material is 
obtained pertinent to isothermal behavior which 
combined with the energy equation, cf. [8], yields 

𝐷 = 𝝈: 𝒍 − 𝑛𝑠𝑝𝜀̇ + 𝜌�𝑠�̇�𝑠�������������
𝐷𝑠

+ 𝒗𝑑 ∙ �𝜌𝑓𝒈 − 𝛁𝑝����������
𝒉𝑒
𝑓�����������

𝐷𝑖

≥ 0 (11)  

where 𝜓𝑠 is the free energy for the solid phase, l is 
the solid velocity gradient and p is the intrinsic fluid 
pressure. The total mechanical dissipation D is thus 
interpreted in terms of a few independent 
phenomenological mechanisms where 𝐷𝑠 ≥ 0 is the 
dissipation produced by the (homogenized) solid 
phase material considered as an independent process 
of the mixture. The contribution 𝐷𝒊 ≥ 0 represents 
dissipation induced by “drag”-interaction between 
the phases, where 𝒉𝑒

𝑓 is the effective drag force.  

 

2.4 Constitutive equations 

Upon assuming hyper-elasticity of the effective 
stress response we obtain the dependence 
𝜓𝑠(𝑪, 𝜀, 𝜀𝑝) in the free energy for the solid phase. 
Considering the free energy in dissipation inequality 
we have 

�̇�(𝑪, 𝜖, 𝜖𝑝) = 𝜓𝑚𝑎𝑐(𝑪) + 𝜓𝑚𝑒𝑠(𝜖, 𝜖𝑝) = 

=
𝜕𝜓𝑚𝑎𝑐
𝜕𝑪

: �̇� +
𝜕𝜓𝑚𝑒𝑠
𝜕𝜖

𝜖̇ +
𝜕𝜓𝑚𝑒𝑠
𝜕𝜖𝑝

𝜖̇𝑝            (12)  

where we assumed an additive split of the free 
energy into macroscopic and mesoscopic parts. 

Referring to the dissipation inequality and the final 
conclusion in (12) we arrive to the state equations 

𝑺 = 2𝜌�0𝑠
𝜕𝜓𝑚𝑎𝑐

𝜕𝑪
,                                                        (13) 

𝑝 = −𝜌𝑠
𝜕𝜓𝑚𝑒𝑠

𝜕𝜖
,                                                        (14) 

where 𝑺 = 𝑺�  − 𝐽𝑪−1𝑝 is the effective second Piola-
Kirchhoff stress due to the Terzaghi effective stress 
principle. In the following we subdivide the stress 
response in terms of the effective fiber bed response 
considered hyperelastic governed by the stored 
energy function for Neo-Hooke like elastic material 
written as 

𝜓𝑚𝑎𝑐�𝑪�, 𝐽� = 𝐺�𝟏:𝑪� − 3� + 𝐽
𝑘𝑠𝐸
𝛽 − 1�

𝜙0
𝑝

𝐽 �
𝛽

,

𝑪�

= 𝐽−
2
3𝑭𝒕 ∙ 𝑭,                              (15)  

and the solid phase compaction associated with 
micro infiltration induced by fluid pressure: 

𝑝 + 𝑝0 = 𝑘𝐸𝜙𝛼 ,                                                         (16) 

where the homogenized free energy is obtained as 

𝜓𝑚𝑒𝑠 =
𝑝0
𝛼 �

1
𝜌𝑠
− 𝜉

1
𝜌0𝑠
𝜙0��𝜀𝛼 − 𝛼 log�

𝜙
𝜙0𝛼

� − 1� 

=
1
𝜌0𝑠
𝑝0
𝛼
𝑒𝜖 − 𝜙0
1 − 𝑎𝜙0

�𝜀𝛼 − 1 − 𝛼 log(
𝜙
𝜙0𝛼

)� .          (17) 

where the first equality is specified in arguments 
𝜓 (𝜙, 𝜉), whereas in the last equality a change in 
arguments has been made using the compaction 
strain 𝜖 and the elastic wetting strain 𝜖𝑝, which is at 
hand for the numerical implementation. Moreover, 
we also introduced the ratio 𝜀 = 𝜙 𝜙0⁄  formulated in 
arguments 𝜀(𝜖, 𝜖𝑝) as 

𝜀 =
𝑒𝜖𝑝 − 𝜙0

𝑒𝜖(1− 𝜙0)− 𝜙0(1− 𝑒𝜖𝑝).                           (18) 

Straightforward application of equations (16) yields 
the fluid pressures p (relative to the configurational 
pressure 𝑝0) as 

𝑝 = 𝑝0(𝜀𝛼 − 1).                                                         (19) 

In view of the equation (16) we obtain in compliance 
form, the compaction as a function of the wetting 
and the fluid pressure, [8], read as 
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𝑒𝜖 =
�𝑝0 + 𝑝

𝑝0
�
−1𝛼 �𝑒𝜖𝑝 − 𝜙0� + �1 − 𝑒𝜖𝑝�𝜙0

1 − 𝜙0
.  (20) 

And considering the rate form we obtain 

𝑒𝜖𝜖̇ = − 𝑒𝜖
𝑝
−𝜙0

𝛼(𝑝+𝑝0)(1−𝜙0) �
𝑝+𝑝0
𝑝0

�
−1𝛼 �̇������������������

𝑓(𝑝,𝜖𝑝)�̇�

  

 −𝑒𝜖𝑝
��𝑝+𝑝0𝑝0

�
−1/ 𝛼

−𝜙0�

1−𝜙0

𝑝
𝜇���������������

𝑔(𝑝,𝜖𝑝)𝑝

,                                           (21)  

where it was used that the wetting is a diffusive 
process represented by the viscous evolution 

𝜖̇𝑝 = −
𝑝
𝜇

.                                                                    (22) 

The parameter 𝜇 represents the viscous resistance for 
penetration of liquid into the bulk fibers, which is 
defined as 

𝜇 =
𝜈(1 − 𝜙0)𝜁2

𝐾𝑚𝑒𝑠
,                                                     (23) 

where 𝜈  is the fluid viscosity and 𝜁  is the wetting 
length. The microscopic permeability 𝐾𝑚𝑒𝑠 for fiber 
plies is calculated based on the Gebart equation [10] 
for hexagonal fiber packing as 

𝐾𝑚𝑒𝑠 =
16𝑟2

9𝜋√2
��

𝜋
2𝜙0√3

− 1�

5
2

.                            (24) 

The last contribution 𝐷𝑖 ≥ 0  of (11) represents 
dissipation induced by “drag”-interaction between 
the phases. To accommodate this dissipation, the 
effective drag force 𝒉𝑒

𝑓  (or hydraulic gradient with 
negative sign) is chosen to ensure positive 
dissipation via Darcy’s law 

𝒗𝑑 = −
1
𝜈
𝑲 ∙ 𝒉𝑒

𝑓 ,         𝒉𝑒
𝑓 = 𝛁p,                             (25) 

where 𝑲  is the anisotropic permeability tensor. In 
order to derive the permeability for the considered 
VBO prepreg, a special model was developed by 
Rouhi et. al [11] to account for (i) the macroscopic 
flow between the layers and (ii) the infiltration flow 
into the dry (mesoscopic) fiber plies as 

𝒗𝑑 = −
1
𝜈
��𝐾𝑓𝐵�1 −𝜙𝑙� + 𝐾𝐶ℎ𝜙𝑙�(𝟏 −𝑴)

+ 𝐾𝑓𝐵𝑴� ⋅ 𝒉𝑒
𝑓 ,                              (26) 

where 𝐾𝑓𝐵 is the permeability through the fiber, 𝐾𝐶ℎ 
is the permeability through the channel and 𝜙𝑙  is 
liquid volume fraction and 𝑴 = 𝑻⊗𝑻 is the plane 
perpendicular to the director field T,  cf. Fig.1. The 
permeability through the fiber bed 𝐾𝑓𝐵 is represented 
using the Gebart equation (24). The permeability 
through the channel may be approximated 
considering the resistance to viscous flow within a 
rectangular channel, cf. Fig.2. [11]. 

𝐾𝐶ℎ =
(𝐻0𝜆∥ − ℎ0𝑠)2

12
.                                               (27) 

where 𝜆∥ is the stretch in the direction of T, 𝐻0 is the 
half length of the initial fiber ply, ℎ0𝑠 is  the initial 
length of fiber bed and ℎ0

𝑓 is the half of the initial 
length of the channel through the plies.  

 

3 Numerical procedures 

3.1 Finite element approximations 

In this section we outline the finite element 
representation of the involved primary fields and 
governing equations of momentum and mass 
balance along the corresponding constitutive 
equations that are used in this model development. 
[9]  

The primary variables for the coupled mass and 
momentum balances are identified as the solid 
placement field 𝐱 =  𝛗[𝐗] of solid particles, where 
a finite element subdivision of the domain is made. 
It is assumed that each element has the interpolation 

𝝋 = � 𝑁𝐼[𝑿]𝝋𝐼
𝑁𝑂𝐷𝐸

𝐼=1

= 𝑵�𝑢𝑒𝝋�𝑒 → 𝒘 = 𝛿𝝋

= � 𝑁𝐼[𝑿]𝒘𝐼
𝑁𝑂𝐷𝐸

𝐼=1

= 𝑵�𝑢𝐼 𝒘�𝑒         (28) 

where 𝑵�𝑢𝑒  contains the element shape functions and 
𝝋�𝑒 is the vector element nodal placements. We the 
obtain the spatial velocity gradient as  

𝒍 = � 𝒗𝐼 ⊗𝒈𝐼
𝑁𝑂𝐷𝐸

𝐼=1

,        ∇ ∙ 𝒗 = � 𝒗𝐼 ∙ 𝒈𝐼
𝑁𝑂𝐷𝐸

𝐼=1

       (29) 

where  

𝒈𝐼 = 𝑮𝐼 ∙ 𝑭−1    𝑎𝑛𝑑        𝑮𝐼 =
𝜕𝑵𝐼

𝜕𝑿
                       (30) 

where 𝑁𝐼[𝑿] are the element interpolation functions 
and 𝝋𝐼  are the corresponding element nodal 
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placements. Pertinent to the Voigt matrix format, we 
order the components of the spatial velocity gradient 
as �̂� = {𝒍11, 𝒍22, 𝒍33, 𝒍12, 𝒍21}𝑡 , and we let 𝒗�𝒆  be the 
vector of element nodal velocities so that (29) 
defines the Voigt matrix representation �̂� = 𝑩𝑢𝛿𝒗�𝒆 
where 𝑩𝑢 is the strain-displacement matrix. 

Likewise, the fluid pressure field is approximated, 
i.e. it is assumed that each element has the 
interpolation 

𝑝 = � 𝑁𝐼[𝑿]𝑝𝐼
𝑁𝑂𝐷𝐸

𝐼=1

= 𝑵�𝑝𝑒𝒑�𝑒 → 

                              𝜂 = � 𝑁𝐼[𝑿]𝜂𝐼
𝑁𝑂𝐷𝐸

𝐼=1

= 𝑵�𝑝𝐼 �̂�𝑒       (31) 

where 𝒑�𝑒  is the vector nodal pressures. We thus 
obtain pressure gradient as 𝛁𝑝 = 𝑩𝒑�̂�𝒆, where 𝑩𝒑  is 
the consequent pressure gradient interpolation 
matrix. The rate of pressure relative to the solid 
reference configuration is defined by 

𝑞 = �̇� = � 𝑁𝐼[𝑿]𝑞𝐼
𝑁𝑂𝐷𝐸

𝐼=1

= 𝑵�𝑝𝑒𝒒�𝑒                            (32) 

whereby the integrated nodal displacement 𝒖�  and 
nodal pressure 𝒑� may be assessed as  

𝒖� = 𝒖� 𝑛 + ∆𝑡𝒗�       ,       𝒑� = 𝒑� 𝑛 + ∆𝑡𝑞�                   (33) 

 

3.2 Finite element equations 

Now we can establish the set of discretized finite 
element equations pertinent to the present choice of 
interpolation of displacements and fluid pressure. In 
view of the weak form of momentum and mass 
balances in equation (9) and (10) we obtain 

[𝛿𝒖�𝑡 ,𝛿𝒑�𝑡]��𝒃𝑒 − 𝒇𝑒𝑒𝑥𝑡
𝒄𝑒

�
𝑁𝐸𝐿

𝑒=1

= 0                              (34) 

 where explicit expressions for the unbalances 
𝒃𝑒 − 𝒇𝑒𝑒𝑥𝑡 and 𝒄𝑒 are obtained as  

𝒃𝑒 − 𝒇𝑒𝑒𝑥𝑡 = � (𝑩𝑢
𝑒 )𝑡�𝝉� − 𝐽𝑝𝑰��𝑑𝑉

𝐵0𝑒
 

+ � �̅��𝑵�𝑢𝑡 �𝒏[𝑠]𝑑𝑠
Γ𝑒

                     (35) 

𝒄𝑒 = � 𝐽 ��𝑵�𝑝𝑒�
𝑡 �𝟏: 𝒍 − 𝑛0𝑠𝑒𝜖𝜖̇ − �𝑩𝑝

𝑒�𝑡𝒗𝑑��
𝐵0𝑒

+� �𝑵�𝑝𝑒�
𝑡𝑄𝑑Γ

Γ𝑒
                           (36) 

where �̅�  denotes the prescribed pressure on the 
external boundary. 

The Newton iteration procedure for balancing the 
FE-discretized nodal forces in above equations is 
outlined as follow: 

Given the FE-nodal velocities �𝒗�(𝑖),𝒒�(𝑖)�  from the 
iteration i, we compute the improved solution 
�𝒗�(𝑖+1),𝒒�(𝑖+1)� as 

�𝒗�
(𝑖+1)

𝒒�(𝑖+1)� = �𝒗�
(𝑖)

𝒒�(𝑖)� + �
𝜉𝑣
𝜉𝑞
�                                       (37) 

where the iterative improvements �𝜉𝑢, 𝜉𝑝� are solved 
from the consistent linearization of equation (33) 
and (34), i.e. 

[𝛿𝒖�𝑡 , 𝛿𝒑�𝑡]���𝒃𝑒 − 𝒇𝑒𝑒𝑥𝑡
𝒄𝑒

� + �𝑲11
𝑒 𝑲12

𝑒

𝑲21
𝑒 𝑲22

𝑒 � �
𝜉𝑣
𝜉𝑞
��

𝑁𝐸𝐿

𝑒=1

= 0  (38) 

 

4 Numerical examples 

To be able to test the framework numerically and see 
the convergence of the proposed algorithm we 
consider a typical compression test applied to a fluid 
filled fiber network, which is related to press 
forming of prepregs. The assumptions that have 
been used for the model, as they were discussed 
earlier, are, in short, the hyper-elastic effective stress 
response and the anisotropic permeability model to 
model the macroscopic Darcian resin flow. The 
involved material parameters represent a system of 
fiber bundles of carbon fiber and epoxy resin. [8]  

To this end, the permeability parameter Kmac , the 
distance between fiber layers is ℎ = 20 × 10−6, and 
the initial particle volume fraction is 𝜙0

𝑝 = 0.48. As 
to the mechanical fiber bed response, the shear 
modulus is  𝐺 = 50 × 106 Pa,  𝑘𝑠𝐸 = 150 × 102 Pa 
and the packing exponent of the fiber bed is 𝛽 =
4.5. Moreover, for the micro infiltration, the liquid 
viscosity is chosen as  𝜈 = 100 Pa ∙ s , the initial 
unsaturated porosity is  𝑛0 = 0.85 , and the initial 
fiber content fraction is  𝜙0 = 0.55 . The wetting 
length is 𝜁 = 50 × 10−6 m, the fiber radius is 𝑟 =
3.5 × 10−6 m , the 𝑘𝐸 -factor is   𝑘𝐸 = 500 ×
106 Pa , and the exponent of the microscopic 
packing exponent is 𝛼 = 14.5.  
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The analyzed planar specimen is shown in Fig. 3 
along with the applied loading consisting of a 
prescribed vertical displacement r on the top 
boundary and fixed displacements on the lower 
boundary of the plate. As to the fluid pressure 
boundary conditions two different types are 
considered. The first case corresponds to 
macroscopically un-drained conditions, where all 
outer boundaries are considered impermeable. The 
second case is the partly drained condition, 
corresponding to drainage along the vertical 
boundaries of the specimen, where the fluid pressure 
is prescribed to zero. The compression test which is 
modeled by prescribed displacement, cf. Fig.3., is 
considered as a controlled displacement on the top 
boundary where different loading rates are 
considered up to the total compression, i.e. 20 
percent of the height of the specimen. The relaxation 
is then considered by removing the load.  

The results from the initial loading-relaxation test 
are discussed in terms of the temporal evolution of 
the global saturation degree measure <ξ>, defined as 
the volume average of the saturation degrees within 
all elements of the mesh. Relaxation of the specimen 
is considered as the temporal variation of the 
reaction force R due to the applied loading is also 
shown in Fig. 4. 

From the results shown in Fig.4. one can observe the 
process time in case of the time needed to reach the 
desired compaction before unloading, which is much 
smaller than the total time to reach the relaxation 
stage; the initial loading step time is around 0.01 s 
while the total simulation time to reach to stable 
level is around 0.1 s. The numerical routine is also 
sensitive to time.  
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Fig.1. Flow channel with orientation T and fiber bed stacks 

 

 
Fig.2. Distance between fiber layers and flow channel 

 

 
Fig.3. The analyzed geometry. 
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Fig.4. Typical results from the analysis. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

General Introduction  

Tetragonal stabilized zirconia with 3 mol% ytria 
(3YTZP) is widely used for structural materials due 
to its superior properties, such as high strength, and 
toughness (based on the transformation toughening 
mechanism) [1]. Up today, many studies have been 
carried out to obtain colored zirconia in order to 
satisfy individual aesthetic requirements. The basic 
colour of 3Y-TZP is opaque or translucent, white to 
ivory and there are several studies and patents aimed 
to achieve zirconia ceramics with colour variations 
to be used in several application fields: decoration, 
dental, machinery, artificial jewellery, etc. 

Colored zirconia-based ceramics have been 
traditionally produced by adding pigments [2], by 
graphite impregnation methods [3], by doping with 
various oxides, including aluminium oxide, 
manganese oxide, cobalt oxide, chromium oxide, 
nickel oxide, and ferric oxide [4, 5], by reduction 
heat treatments [6], etc.,   but the main drawback of 
this approach is that defects are frequently generated 
resulting in a drop in physical and mechanical 
properties, making impossible its use as structural 
material [7]. An example could be the recent efforts 
to develop colored zirconia for dental applications, 
where aesthetics is one of the most important 
properties [8, 9].  

The aim of the present investigation is to produce a 
wide range of greyscale ceramics with enhanced 
functionality and reliability. This work reports on 
the design and characterization of a new family of 
zirconia – alumina – nanodiamond composites 
which have been processed following a non 

conventional route integrating two steps: 1) a 
colloidal method and 2) the traditional powder 
mixing homogenization.  

In these composites, the introduction of alumina 
contributes to increasing the hardness and 
nanodiamond the critical element for generating the 
different color gradients of the materials. In this 
paper we have used the so-called ultrafine-dispersed 
diamonds (UDD) or detonation nanodiamonds 
(DND) [10]. It has been tested that small additions 
of nanodiamonds, in the range from 0,5 to 5 vol% 
can noticeably improve the structural properties of 
the final composites [11]. 

Experimental Procedure 

The following raw materials were used as starting 
powders: i) TZ-3Y-E (Tosoh, Japan) with an 
average grain size of 40-70 nm and a specific 
surface area of 10.7 m2gr-1, ii) and TM-DAR 
grade α-Al2O3 powder (Taimei Chemicals Co., 
Japan) with a specific surface area of 14.6 m2gr-1 and 
an average grain size of 150 nm and iii) Ultrafine-
dispersed diamonds (UDD) or detonation 
nanodiamonds (DND or nD) UDA-S type powders 
(Secna, Russia) with an average grain size of 10 nm. 

In addition, the following chemical precursors were 
also used: i) aluminum chloride (Sigma-Aldrich, 
Spain), ii) zirconium IV-propoxide (70% solution in 
1-propanol) (Sigma-Aldrich, Spain), and iii) 99.97% 
absolute ethanol (Panreac, Spain). 

The processing route can be divided into four main 
steps:  
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GEMOLOGICAL PROPERTIES 
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1) As a first step, the 3Y-TZP powders were coated 
with an alumina amorphous layer, by using 
aluminum chloride as precursor and subsequently by 
using thermal treatment (900ºC/2h) in order to 
activate the formation of γ-alumina transition phase 
(Fig.1).  

2) The second step consisted in coating α-alumina 
powders with zirconia nanoparticles by means of 
zirconium alcoxide as chemical precursor [12].     

3) Finally (Fig.1), both chemically modified raw 
materials (A+B) were mixed using a ratio of 80/20 
in volume, respectively, in a polypropylene 
container by using zirconia balls for 72 hours, in 
order to ensure a good homogeneity of the mixture. 

 

Fig.1. Nanocomposite synthesis procedure. 

4) Once the slurry was dried at 60ºC, this 
composition (A+B) was finally doped with several 
amounts of nanodiamonds (0.1, 0.3, 1, 3, and 5 vol. 
%) by following a mixing procedure with zirconia 
balls. Previously, the nanodiamonds were dispersed 
in an ultrasonic bath, Dr. Hielscher GmbH - type 
UIP 1000, 8 A, 50/60 Hz. 

The obtained powders were sintered by Pulsed 
Electrical Current Sintering (PECS) (FCT System 
GMBH, HPD25, Germany) using a graphite dye 
under vacuum (10-2 mbar) at temperatures ranging 
from 1200 ºC to 1500 ºC. The temperature was 
measured by using an optical pyrometer focused on 
the upper part graphite punch, at about 5 mm from 
the sample, being 100 MPa and 3 min the applied 
pressure and dwell time, respectively. By this way 

disks of 20 mm diameter and about 3 mm height 
were obtained. 

Materials density was measured according to the 
Archimedes method in deionized water. The 
microstructure was studied by using Field Emission 
Scanning Electron Microscopy (FESEM) (FEI: 
Quanta FEG 650). The flexural strength (3-point 
bending test) and fracture toughness were measured 
in an Instron 8562 testing machine, and the 
microhardness (Buehler Micronet 5103 equipment), 
was also evaluated. The flexural strength and the 
fracture toughness measurements (KIC)   were tested 
by using six beams with 3 mm x 4 mm x 15 mm 
dimensions for each temperature. KIC    
measurements were performed using the single-
edge-notched-beam technique (SENB) (a/w=0,4 and 
notch radius ≈ 100 µm) in accordance with the 
guidelines described in the ASTM C1421 standard 
[13]. Indentation tests were carried out in Vickers 
indenter applying a load of 200 g with a dwell of 10 
s on polished material surfaces,  performing at least 
30 indentations per sample.   

The color of the discs was also analyzed by using a 
spectrophotomer apparatus (Konica Minolta CM-
700d model), which is based on the CIE standard 
light source of D65 as a light source, with a 
measurement area of 8 mm. The surface finish of all 
samples was polished down to 1 micron with a 
sample thickness of 3 mm approximately.  The final 
results were an average of four readings on each 
disc. 

Reflectivity measurements were obtained using a 
MPV2 Combi Leitz microscope in reflected white 
light using oil immersion lenses (32x), 10x oculars. 
The reflectance determinations were performed on 
polished samples and oil immersion (n = 1.518) with 
monochromatic light of 548 nm, following the 
procedure described in the ISO standard 7404-5 
(2009) for coals [14].    

Raman spectroscopy was the technique employed in 
the study of nanocomposites after undergoing PECS. 
Raman spectra were obtained for the sintered 
samples in a LabRAM HR 800 Horiba Jobin Yvon 
spectrometer equipped with a CCD detector. A 
green laser (λ = 532 nm) was used as incident beam 
(2 μm in diameter) that was focused on the sample 
surface using an optical microscope (BXFM, from 
Olympus) coupled to the spectrometer. Spectra were 
collected after 20 s of exposure. A 1800 lines mm-1 
grating was used to split the inelastic radiation into 
high resolution spectra (0.3 cm-1).  
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Results and discussion 

Fig. 2 shows the greyscale palette obtained for the 
set of materials PECSed at different temperatures.  

 

Fig.2. Greyscale palette obtained for all 
compositions PECSed at different temperatures. 

All sintered materials presented densities higher than 
> 99% th. The highest density values were obtained 
at sintering temperatures of 1400 and 1500° C. 

The Raman study shows that spectra obtained 
corresponding to sp2 carbon materials were the 
dominant spectral in all cases. In Figure 3, the 
Raman spectrum of the composition of the 
composite with 5 vol% DND sintered at 1200 and 
1500 ° C is shown.  

 

Fig.3. Raman spectra of the composite with 5 vol% 
DND PECsed at 1200ºC and 1500ºC. The arrow 
shows the hump at 1150 cm-1.   

These spectra show peaks at wave numbers below 
900 cm-1 corresponding to vibrations of the 
crystalline zirconia-yttria network. The most intense 
bands occurred between 900 and 1800 cm-1. These 
features, as well as the second order spectra recorded 
at-wave numbers higher than 2300 cm-1, are 
characteristic of sp2 carbon materials. The presence 
of a hump at 1150 cm-1 in the spectrum of the 
materials PECSed at 1200ºC (see arrow in Fig.3) 

could be assigned to the presence of sp3 structures 
coming from the starting nanodiamonds. This 
feature disappears when the processing temperature 
increases to 1500ºC. A small, broad band at 1100 
cm-1 (see circle in Fig.3), which could be assigned to 
the occurrence of the so-called tetrahedral 
amorphous carbon (ta-C), is nevertheless perceptible 
in that spectrum, ta-C would be then an intermediate 
during the conversion of nanodiamonds into sp2 
carbon under both temperature and pressure.       

The obtained values of flexural strength for all 
sintered compositions range from 400 MPa to 1600 
MPa (Fig.4). The lowest values  correspond to the 
composition of the composites without nanodiamond 
additions that were subsequently thermally treated at 
1100°C/1h. It is well known that PECS introduce 
residual stresses at grain boundaries that inhibit 
crack growth, resulting in an improvement in the 
flexural strength [15]. It has been observed a general 
tendency to decrease the flexural strength values 
when the amount of nanodiamond is increased above 
1% in volume.  

The lowest fracture resistance values were obtained 
for the composite with 5% of nanodiamond, and the 
maximum values correspond to thermal treatments 
at 1400 and 1500ºC that also corresponds with the 
highest density values. 

 

Fig.4. Flexural strength values of all compositions. 
W.T. (without thermal treatment), T (thermal 
treatment to 1100ºC) of 0 vol% DND. 

The fracture toughness values vary from 6.5 to 16 
MPa.m1/2 (Fig.5) depending on the sintering 
temperature. For the composite without DND the 
maximum toughness corresponds with a sintering 
temperature of 1400ºC and it seems that the fracture 
toughness it is not very much affect by a subsequent 
thermal treatment. It has been also observed that the 
presence of small amounts of nanodiamond (up to 3 
vol%) does reduces the fracture toughness of the 
composites, but it is necessary to adjust the sintering 
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temperature to maintain the optimum conditions. At 
higher concentrations than 3 vol% a reduction in the 
mechanical properties has been observed. The 
composite without DND sintered at 1400ºC is in any 
case the composition having the best values (17 
MPa.m1/2) followed by the composite with a 0,3 
vol% sintered at 1500ºC (15,5 MPa.m1/2). In all 
cases, when the samples are subjected to annealing 
at 1100ºC for 1 hour a decrease in the mechanical 
properties both toughness and fracture resistance has 
been observed.  

 

Fig.5. Fracture toughness values of all compositions. 
The X axis shows the nanodiamond vol% in each of 
the compositions. (WT: without thermal treatment; 
T: Thermal treatment). 

The measured Vickers hardness values are exposed 
at Figure 6. The maximum values are obtained for 
the composition with 0,3 vol% DND and are 16,17 
GPa and 16,04 GPa corresponding to sintering 
temperatures of 1400 and 1500 ° C respectively. The 
lower microhardness values correspond to 
compositions with 5 vol % DND. 

 

Fig.6. Hardness values of all compositions. W.T. 
(without thermal treatment), T (thermal treatment to 
1100ºC) of 0 vol% DND. 

Figure 7 shows the maximum reflectance values (7-
5%) corresponding to nanocomposites with 0% vol 
DND and decrease gradually to 1.72% for the case 

of the composition with 5 vol% nD sintered at 1500 
° C. 

 

Fig.7. Reflectance values of all compositions. W.T. 
(without thermal treatment), T (thermal treatment to 
1100ºC) and 0 vol % DND. 

According to the colorimetric data of the specimens, 
the white index L* varies from 98 for 0 vol. % DND 
to 40 for 5 vol.% DND, respectively . 

Figure 8 and Figure 9 show the microstructure 
corresponding to the studied composites with 0,3 
vol% DND and 5 vol% DND sintered at 1500ºC. 

 

Fig.8. FESEM (electron backscattered) 
microstructure image corresponding to the 
composite with 0, 3 vol% DND sintered at 1500°C. 
(White color: zirconia. Grey: alumina. Black: DND).  

The grain size decreases when the amount of 
nanodiamond is increased (see Figures 8 and 9). 
Also it has been noticed than the grain size of the 
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composites gradually increases with the sintering 
temperature. 

 

Fig.9. FESEM (electron backscattered) 
microstructure image corresponding to the 
composite with 5 vol% DND sintered at 1500°C. 
(White color: zirconia. Grey: alumina. Black: DND). 

Conclusions 

3Y-TZP-alumina-nanodiamond composites can be 
considered as a new family of materials with high 
toughness and bending strength, presenting a large 
variety of metalized colors (white index L* 98 to 
40), that can be used in the gemology industry, 
among other applications where coloured ceramics 
are needed. The introduction of nanodiamond in the 
preparation of the materials allows to produce 
composites with continuous and wide variability of 
gray shades, from light colors to almost black. The 
mechanical behavior of these nanocomposites is 
very similar up to a maximum amount of DND of 
0,3 vol% decreasing slightly above this content. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 
 
Fiber reinforced composites get an increasing 
attention in the development of new materials. By 
controlling the manufacturing process, it is possible 
to get the desired material properties. With the 
recent advances in numerical modeling of 
composites, it is possible to predict the effective 
material properties of the composites. 
A number of numerical and analytical methods have 
been developed to estimate the effective coefficients 
using homogenization methods. By micro-
mechanical models based on unit cell or 
representative volume element (RVE) the problem 
can be reduced on investigation of a periodic part of 
an infinite structure. But existing approaches are 
often restricted to certain types of arrangements. 
Mostly simple arrangements like square or 
hexagonal patterns have been investigated which 
result in an overall transverse isotropic behavior of 
the composite. An interesting goal is to create 
composites with orthotropic behavior in the 
transverse plane which can be achieved by rhombic 
fiber arrangements in connection with high volume 
fraction for the fibers [1].  
Furthermore mostly the contact between matrix and 
fiber is considered as perfect. But in reality the 
connection between the phases is more or less weak, 
e.g. caused by certain fiber coatings. These coatings 
can be considered as a third phase. But this phase is 
typically very thin and numerical homogenization 
models based on finite element discretization fail 
when this intermediate phase becomes too thin. 
A number of analytical approaches have been 
developed to consider the influence of the interface 
stiffness [2]-[5]. 
In this paper a numerical homogenization approach 
with finite elements (FE) is presented which 
includes imperfect interface conditions based on a 

spring type model to overcome descretization 
problems of the intermediate phase [6]. This model 
is applied to fiber reinforced composites with 
rhombic fiber arrangements. 
To validate the algorithm comparisons with three 
phase models and analytical solutions from literature 
are made. Finally studies are done to estimate the 
influence of the rhombic angle and the stiffness of 
the interface. 
 
2 Model and algorithm 
 
The numerical algorithm is based on a micro-
mechanical unit cell model. 
 

x1 (global axes)

x1’ (local axes)

x1’ 

x1

x2

x2

x ’2

x2’



 
 

Fig. 1. Rhombic pattern and extracted unit cell 
 
In Fig. 1 a periodic array with rhombic fiber 
distribution and the extraction of an appropriate unit 
cell are shown. The rhombic pattern is described by 
the global coordinate system x1-x2 and the rhombic 
angle is . Using a local coordinate system x1'-x2' 
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which is parallel to the rectangle edges (see Fig. 1) 
all calculations can be done similar to a square or 
hexagonal cell. But the final results are referred to 
the global axes by rotation around the angle /2. 
To calculate all coefficients of the material tensor 
the used unit cell model is three dimensional with a 
certain depth in third direction (Fig. 2). The 
calculations were made with FE package ANSYS. 
The interface between matrix and fiber can be 
modeled with a third solid phase (three phase model) 
or springs (see Fig. 2). In the three phase model 
there is a thin layer of solid elements (Fig. 2b) that 
means there is a distance between matrix and fiber. 
In case of springs there is no distance that means 
matrix and fiber nodes have the same coordinates at 
interface but double numbering for including the 
springs (Fig 2c). 
 

                a) 
 

                  b) 
 

                   c) 
 

Fig. 2. 3D FE unit cell (a) Solid interface (b) 
Spring interface (c) 

 
In this paper the focus is set to the spring model but 
the three phase model is used for comparison.  

The imperfect interface conditions are based on 
continuous stresses and discontinuous 
displacements. These to quantities are connected by 
a spring type in the following form  

.

||||

||||

||||
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f

rz
m
rz

f
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r

rr
f

rr
m
rr

uK

uK
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 (1) 

The values j
rr , j

r and j
rz are the surface traction 

components with respect to a cylindrical coordinate 
system, which are related to either the fiber (f) or the 
matrix phase (m). The spring type parameters 

zriKi ,,,  have the dimension of stresses 

divided by length. Double bar for the displacement 
quantities defines differences of displacements 
between matrix and fiber phase. 
Hashin [3] defined the spring type parameters by 
derivation the imperfect contact formulation from a 
three phase problem with thin interphase thickness. 
If the interphase material is isotropic, they have the 
form 
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 (2) 

where iE , i , iG and t  are Young’s modulus, 
Poisson’s ratio, shear modulus and radial directional 
thickness of the interphase, respectively. 
In the finite element model every nodal pair between 
fiber and matrix is connected by three springs in 

,r  and z direction where the spring constants 
*
iK are used from the relation 

* , , , .s
i iK K A i r z    (3) 

sA  is the partial area of the whole area between 
matrix and fiber which belongs to the spring. Finally 

*
iK has the typical string dimension force per length. 

x1’ 

x ’2x ’2

x3’ x
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3  

EFFECTIVE PROPERTIES FOR FIBER COMPOSITES WITH 
RHOMBIC PATTERN AND IMPERFECT INTERFACE 

The homogenized effective material constants 
eff
ijklC can be derived from the constitutive relation 

eff
ij ijkl klC    (4) 

by 

.,
2

,,

lkC

lkC

kl

ijeff
ijkl

kl

ijeff
ijkl










 (5) 

Here ij and kl are the averaged stresses and 

strains for the RVE which can be calculated for the 
three phase model from element quantities in the 
following manner 

1

1 ne
e e

ij ij
erve

V
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(6) 

e
ij and e

kl are averaged element stresses and strains,  

ne is the total number of elements and rveV is the 

total RVE volume.  
For the spring type model the averaged strains 

kl include an additional term which represents the 

elasticity of the springs  
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 (7) 

The values nk and nl are the k-th and l-th component 
of the outer normal vector, respectively, where the 

normal vector is related to the fiber phase. sA is the 
partial area for a spring mentioned in eq. (3) and ns 
is the number of springs. 
For averaged stresses there is no additional term 
because of the condition in eq. (1). 
By applying three pure traction states and three pure 
shear states in such a manner that only one 

component in the strain vector is non-zero all 
effective coefficients can be calculated with eq. (5). 
The six load cases can be produced by appropriate 
prescribed displacements and periodic boundary 
conditions which are ensured by constraint equations 
between nodal pairs of opposite surfaces of the RVE 
[1]. 
 
3 Results 
 
3.1 Verification 
 
In order to verify the correctness of the implemented 
algorithm a comparison with results reported by 
Hashin [3] is presented. In his paper he considers a 
transverse isotropic composite which is equivalent 
with hexagonal fiber arrangement. Furthermore with 
his model he calculated effective transverse bulk 
modulus and axial shear modulus. 
To use our numerical algorithm for rhombic fiber 
arrangements the special case for a rhombic angle of 
60° is chosen which is equivalent to a hexagonal 
cell. The volume fraction of the fiber is fixed to a 
value of 0.4. The material properties for the matrix 
and fiber phase are characterized by a constant ratio 
of the shear moduli (Hashin [3])  

.10
m

f

G

G  (8) 

In addition to the shear ratio the Poisson’s ratios of 
the matrix and fiber phase are 0.35 and 0.2, 
respectively. Since the imperfect contact condition is 
derived from a three phase problem, where the 
interphase has isotropic material behavior, the 
Poisson’s ratio is defined by 0.3. The shear modulus 
is also predefined, but not fixed, since it shall be 
varied. The interphase thickness is given by the 
dimensionless parameter 

.
f

t

r
   (9) 

For comparison according to Hashin [3] two values 
of  are chosen, 0.001 and 0.01.  
In Figs. 3 and 4 the normalized effective transverse 
bulk modulus and the normalized effective axial 
shear modulus for =0.001 are plotted. 
Normalization is done by relation between 
interphase shear modulus and matrix shear modulus 

ICCM19 5308



Gi/Gm. Beside the results from the proposed spring 
model the plots contain values from own developed 
three phase models. Hashin's approach is based on 
his three phase composite cylinder assemblage 
(CCA) model which coincides for this type of 
composite with the generalized self-consistent 
scheme (GSCS) [3].  
The results for the transverse bulk modulus as well 
as the axial shear modulus show good agreement 
between all three methods for values log(Gi/Gm) < 2. 
A very small value represents almost no interactions 
between fiber and matrix, which is equivalent to a 
model with voids.  
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Fig. 3. Normalized transversal bulk modulus 
for 0.4 fiber volume fraction and =0.001 

 

 
 

Fig. 4. Normalized axial shear modulus  
for 0.4 fiber volume fraction and =0.001 

 

For values higher than two only the three phase 
models are in good agreement. The reason for the 
differences of the curves for three phase model and 
spring model in this region lies in the averaging 
process for the three phase model according to eq. 
(6). The contribution of the high interphase stiffness 
results in higher overall stiffness. But this is not 
realistic. For a thin interface with a very high 
stiffness the behavior tends to perfect bonding. This 
must lead to constant effective properties which are 
identical with a two phase model with perfect 
contact.  
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Fig. 5. Normalized transversal bulk modulus 
for 0.4 fiber volume fraction and =0.01 

 

 
 

Fig. 6. Normalized axial shear modulus  
for 0.4 fiber volume fraction and =0.01 
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5  

EFFECTIVE PROPERTIES FOR FIBER COMPOSITES WITH 
RHOMBIC PATTERN AND IMPERFECT INTERFACE 

In Figs. 5 and 6 the results for the effective 
transversal bulk modulus and the axial shear 
modulus are plotted for =0.01. This means for the 
three phase model the thickness of the interphase is 
increased by the factor 10. The graphs for =0.001 
and =0.01 show similar behavior. But the gradient 
region of the effective properties is shifted one 
decimal power of Gi/Gm . A thicker interface results 
in lower effective stiffness in this gradient region. 
For very low interface stiffness (tendency to 
debonding) and very high interface stiffness 
(tendency to perfect bonding) the interface thickness 
has nearly no influence. 
 
3.2 Parametric studies 
 
In the following a more realistic composite model 
with unidirectional fibers is considered. Here the 
fibers have transversely isotropic material properties 
and the matrix is isotropic. The considered materials 
are epoxy and graphite, taken from Hashin [7]. 
Detailed information is given in Table 1. 
 

Table 1: Material phase properties. 
Epoxy Graphite 

E  
[GPa] 

Ea 

[GPa] a 
Et 

[GPa] t 
Ga 

[GPa] 
Gt 

[GPa] 
3.45 0.35 345 0.2 9.66 0.3 2.07 3.72 

 

In Figs. 7-10 transversal effective coefficients for 
rhombic fiber arrangements are plotted. The angle, 
which characterizes the rhombic distribution, is 45° 
and 75°, respectively. The fiber volume fraction is 
0.4. The interface contact parameters are 
characterized by eq. (2), where the thickness 
parameter t is given by the dimensionless parameter 
=0.001. All values for the effective stiffness 
coefficients are referred to the global coordinate 
system x1, x2 and x3. 
Figs. 7 and 8 show the principal diagonal 

coefficients 1111
effC and 2222

effC . Differences of the 

values can be observed for low and high imperfect 
contact parameters. For 75° the differences are 
smaller than for 45°. The reason is a more obvious 
anisotropy in case of 45° [1]. Further investigations 
have shown that the transversal anisotropy increases 
with reduction of rhombic angle. This is caused by 
the different distances between the fibers in x1' and 

x2' direction (see Fig. 1) which become more 
significant for small rhombic angles. 
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Fig. 7. Normalized transversal coefficients  
for 0.4 fiber volume fraction and =45° 
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Fig. 8. Normalized transversal coefficients  
for 0.4 fiber volume fraction and =75° 

 

In Fig. 9 the off-diagonal coefficients 1122
effC  and 

2211
effC  for =45° and=75° are plotted. For both 

angles these effective components show 
coincidence, which confirms the correctness of the 
used procedure.  
The transversal shear coefficient for 45° and 75° can 
be observed in Fig. 10. It can be seen, that in case of 
very low interphase moduli the coefficient for 75° is 
much lower than for 45°. 
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Fig. 9. Normalized transversal off-diagonal 
coefficients for 0.4 fiber volume fraction 
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Fig. 10. Normalized transversal shear coefficients  
for 0.4 fiber volume fraction 

 
4 Conclusions 
 
In this paper homogenized coefficients for 
unidirectional fiber reinforced composites with 
isotropic and transversal isotropic constituents are 
derived from a numerical method, where the micro 
structure of the composite is characterized by a 
rhombic fiber distribution and imperfect interface 
between fiber and matrix. For the realization the 
development of an appropriate model for a FE 
analysis in ANSYS is described.  
In order to verify the present method, effective 
coefficients are compared to values derived from a 
CCA model by Hashin [3]. Also a FE analysis 

considering a three phase geometry is studied as 
another comparison. There is a good agreement with 
the compared models for low interface stiffness 
especially for the thinner interface with =0.001. 
Also the CCA model and the FE model with three 
constituents show in all figures of comparison 
almost coincidence.  
Afterwards effective results with regard to the 
imperfect contact model are presented, where the 
fiber phase has transversely isotropic material 
properties and the fiber distribution is 45° and 75°. 
The presented results show the influence of the 
interface stiffness and the rhombic angles to the 
effective coefficients. 
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1. Introduction  

 
Advanced ceramics products usually offer superior 

performance that cannot be replicated by other 

materials. Despite the relatively small sales 
advanced ceramics products form an integral part of 

modern technology. Advanced ceramics are 

materials tailored to obtain exceptional properties 

(superior mechanical properties, corrosion/oxidation 
resistance, thermal, electrical, optical or magnetic 

properties) by controlling  their compositions and 

internal microstructure. So, they are subdivided into 
structural ceramics, electrical ceramics, ceramic 

coatings, chemical processing and environmental 

ceramics. Structural ceramics include wear parts, 
cutting tools, engine components and bioceramics 

[1]. According to analysis of  marked report research 

the total  technical and advanced structural ceramics  

marked in USA was worth $3.2 billion in 2010 and 
$3.4 billion in 2011. This figure is projected to reach 

$4.4 billion in 2016 yielding a compound annual 

growth rate (CAGR) of 5.1 between 2011 and 2016 
(Fig.1) [2] . 

 
Fig.1. Analysis of  the total  technical and advanced 

structural ceramics  marked  in  USA  from 2010  to 2016.  

  
 

In 2011, the global market for ceramic cutting tools 

was over $1 billion and equaled 8.5% of the total 
market for metal-cutting tools (Fig.2).  
 

 
Fig.2. Analysis of  the global marked for the  ceramic 

cutting  tools.                                                          

 
Relative growth rates will be stronger than that of 

hardmetals, high-speed steel (HSS) and cermet tools, 

but lower than the growth rates for super-hard tools 
such as polycrystalline cubic boron nitride (PcBN) 

and diamond (PCD and single crystal). By 2016, the 

global market for ceramic cutting tools is expected 
to reach $1.5 billion [3].  Ceramic cutting tools are 

constructed mainly from alumina (Al2O3) and silicon 

nitride (SiN). Recent advances have also introduced 

the use of silicon carbide (SiC) and ceramic matrix 
composites (CMCs) in order to enhance the 

performance of the cutting tool. Each of these   

 ceramic materials has its own particular 
characteristics, but, in general, they all exhibit 

excellent hardness, toughness and thermal 

conductivity. In fact, the advantages of using 

ceramic materials in manufacturing revolve around 
ceramic’s greater ability to withstand much higher 
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temperatures than tools made from hardmetals or 

high-speed steel. Generally speaking, ceramic tools’ 

heat resistance exceeds 2200°C vs. about 870°C for 
tools made from carbide powder. In addition, 

ceramic’s ability to operate at higher temperatures 

can result in a softening of the workpiece material, 
which allows for deeper and cleaner cuts. Thus, 

ideal machining temperatures can be accommodated 

by ceramic. However, these high temperatures are 

unattainable for hardmetals tools because they 
exceed the melting point of the cobalt binder. The 

manufacturing of ceramic tools also offers 

advantages over typical manufacturing of hardmetals 
tools in that they are typically prepared using 

powder metallurgy techniques and can be 

manufactured closer to near-net finish, thus saving 
the tool manufacturer hard machining costs. The 

main drawback of ceramic tools is that they are 

brittle and do not withstand thermal shock very well, 

which means that they are better applied to 
continuous, long-run applications. Cutting tool 

ceramics are used in thermal and structural  

applications   requiring  high  temperature resistance, 
high hardness and chemical inertness. Ceramic 

composite design can also be used to tailor other 

important properties such as high-temperature 

strength and thermal shock resistance, wear 
resistance, friction, thermal and electrical 

conductivity. By an appropriate adjustment of the 

concentration of its components, alumina matrix 
composites (AMCs) can offer a good strength 

properties, high hardness, wear resistance and 

chemical inertness but their brittleness (low value of 
fracture toughness) usually leads to a short tool life 

[4]. Initially, only alumina ceramics (oxide 

ceramics) were used but to improve their toughness  

level alumina matrix composites are reinforced with 
a wide range of ceramic phases  including TiC, TiN, 

ZrO2, WC, Ti(C,N), SiC, TiB2 [5,6,7]. In the early 

1970’s aluminum oxide/titanium carbide composites 
(carboxide ceramics) were introduced. They 

provided improved results in finish turning of 

ferrous metals and turning of hard ferrous metal. 
Optimization of the composition including the 

introduction of new sintering technologies resulted 

in further improvements in this group of cutting tool 

materials. Titanium nitride (TiN) and carbide (TiC), 
classified as refractory metal compounds, possess an 

unusual combination of physical properties. Both 

TiN and TiC are extremely hard, have very high 

melting points and exhibit metallic-like electronic 

conductivity [8]. These properties make them 

attractive both fundamentally  and technologically, 
and are closely connected with their electronic 

structure. Titanium carbide  (TiC), is   ceramics with 

NaCl-type face centered cubic crystal structure-cF8 
with octahedral coordination geometry (Fig.3) [9].  

 

Fig.3. Crystal structure of TiC (C atoms are  smaller)  (a);  

projection of Ti-C along [111] direction (b). 

 

Other properties, such as high hardness (34 GPa), 
low density (4.93 g/cm

3
), relatively high thermal 

conductivity (30 W/mK), Young’s modulus 439 GPa 

cause these materials attractive for cutting tools [10]. 

Titanium nitride (TiN) with high thermal and 
mechanical stability exhibits the Vickers hardness 

values of about 18-19 GPa, modulus of elasticity of 

251 GPa and thermal conductivity about of 19  
Wm

-1
K

-1
 and is used together with TiC to improve 

mechanical properties of pure alumina. The crystal 

structure of TiN is cubic (cF8), while the 

coordination geometry is octahedral  (Fig.4) [11].  
 

 
Fig.4. Crystal structure of TiN.  
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Each nonmetals atoms is situated in regular 

octaehedron which consists itself with six titanium 

atoms. A critical feature of cutting tool materials 
with content of titanium nitride or carbonitride is 

decreased thermal conductivity which in turn holds 

down tool inserts temperature and allows higher 
surface machining speeds without serious edge 

deformation [12]. These ceramic composites, to their 

great thermodynamic stability, high hardness, and 

compression strength of the TiC, Ti(C,N)  additives, 
have a better cutting properties in comparison to 

oxide ceramics, and can be used for precision 

machining of hard work-pieces (Fig.5). 

 
Fig.5. Comparison of cutting speed versus tool life for ceramic 
tool materials. 

 

The advantages of such tools are the possibility of 

high duty working, obtaining of surfaces with very 
low roughness (in many cases grinding is 

eliminated) and the possibility of ecological “dry 

cutting” without the use of cutting fluids. Thus the 
main aim of this study is to obtain new titanium 

carbide and titanium carbonitride-reinforced 

alumina-based composites that combine excellent 

toughness with increased hardness. Today, different 
carbide tool manufacturers have tailored TiC and 

Ti(C,N) properties to satisfy the industrial 

requirements for specific applications. 
 

2. Experimental procedure 

 
Alumina, zirconia partially stabilized with yttria, 

non-stabilized zirconia, titanium carbide and  

titanium carbonitride were used as raw materials to 

manufacture the tested alumina matrix composites.  

A commercial Alcoa alumina powder (containing 

85.0 % -phase, of 99.8% purity)  type A16SG with 

a submicron particle size of below 0.5 m and  
a nano particle size of 40 nm, with average size of 

agglomerates of 150 nm produced by Inframat 

Advanced Materials, USA were used to prepare the 
tested composites. Experiments were carried out on 

alumina-based composites (type B) with the addition 

of: 10 mass% ZrO2 with modification of the zirconia 
phase (partially stabilized with 5% mass Y2O3 –

PYT05.0 (ZY5) produced by Unitec Ceramics, 

England, with an average particle size of 0.9-1.1 m, 
a monoclinic phase of zirconia in submicron (m-

ZrO2)  and nano scale  produced by Fluka, Germany. 
A commercial TiC powder with different particle 

sizes as a standard TiC (grade ST120 produced by 

H.C. Starck, Germany) with an average particle size 

of 1.0- 4.0 m and TiCnano with agglomerates of  

130 nm produced by Aldrich Sigma, Germany 
were added to compounds. Second kind of 

composites (type C) based on alumina contain 30 
wt% carbonitride titanium Ti(C,N) 30/70 produced 

by H.C. Starck in micro scale size, Ti(C,N) 50/50 

produced by Neomat with an average particle size of 
40 nm and 2wt% of m-ZrO2  in micro and nano scale 

sizes as well. Sintering additives, such as MgOnano  

(0.3 mass%), were introduced to inhibit grain 

growth. The initial composition of compounds 

selected for testing are presented in Table 1.  
 

Table 1. Composition of selected compounds. 

Compound composition, wt% 
Compound        Al2O3          ZY5      ZrO2

(m)          TiC       Ti(C,N) 

                     m    nm     m  nm   m    nm    m  nm   m nm 

B                   85             5         5             5               

B1                 42.5  42.5     5    5                    5          

C                   68                     2                  30      

C1                 68                        2               30   

 

Components were mixed for approximately thirty 

hours in alumina mills with zirconia balls, with the 

addition of a plasticizer. Materials, uniformly set, 
after plasticizing and drying, were granulated. Green 

compacts with dimensions of 5.5 3.0 35 mm and of 
16.5x16.5x10 mm were uniaxially pressed at 100 

MPa and then cold isostatically pressed at 200 MPa. 

Ceramic composites were sintered in vacuum at  
a maximum temperature of 1973 K at constant 

heating and cooling rates of the furnace. Following 
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measurements were performed on the tested 

specimens: Vickers hardness HV1, Young’s 

modulus (by a measuring the transmission velocity 
of longitudinal and transversal ultrasonic waves 

through the sample), fracture toughness at room 

temperature KIC (based on 3PB) and at an elevated 

temperature of 873K-KIC(ET), wear resistance Vn 

(determined by speed of mass loss), friction 

coefficient µ and apparent density p. Single Edge 
Notched Beam (SENB) specimens (mechanically 

notched) with dimensions of 1.5 4.0 35.0 0.1mm 
were used to determine fracture toughness by means 

of a conventional method based on three-point 
bending of specimens (3PB). An initial 0.9 mm deep 

notch was produced with a diamond saw (thickness 

0.20 mm) and then the notch tip was pre-cracked 
with a thin diamond saw (thickness 0.025 mm). The 

total initial notch length was approximately 1.1 mm 

(Fig.6).  
 

 

 

 
 

 

 
 

 

 

 
 

 

 
Fig.6. Single edge notch bending specimen (SENB) for 

fracture toughness testing 

 

The relationship KIC = f (c) is given by the equations 

(1,2) [13,14]: 
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where: Pc=critical load, S=support span, W=width, 

B=specimen thickness, Y=geometric function,  

c=crack length, =c/W and Aij are the coefficients given 
by Fett [14].  

 

Measurements of the fracture toughness at an 

elevated temperature of 873K were carried out on a 
ZWICK 1446 instrument with mounted electrical 

furnace (Fig.7). 

 

 
 

Fig.7. Measuring position for determination of fracture 

toughness at elevated temperatures. 

 

Modulus of elasticity (Young’s modulus) of the 

tested composites was determined by a measuring 
the transmission velocity of longitudinal and 

transversal ultrasonic waves through the sample. 

Probe sets work together with a Panametrics Epoch 
III ultrasonic flaw detector connected to a 

controlling computer. Calculations were made using 

the following formula: 
 

            
22

22

2 43

TL

TL

T
CC

CC
CE     (3) 

        

where: E-Young’s modulus, CL -velocity of the 

longitudinal wave, CT -velocity of the transversal wave, 

- density of the material. 

 

The velocities of transversal and longitudinal waves 
were determined as a ratio of sample thickness and 

relevant transition time. The accuracy of calculated 

Young’s modulus from equation  (3) was estimated 
to be below 2 %. Wear resistance was determined by 

a method based on the measurement of mass 

decrement rate during wear of the specimen against 

an SiC80  abrasive cloth.  The following formula (4)   
was used to calculate mass decrement rate (Vn):  
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       Vn=
TF

m

P

1000 [ m/h]                         (4)                                               

 

where: m-absolute mass wear, p-apparent density, F-
specimen contact surface, T-time.  

 

In ball-on-disc tests, the coefficient of friction for 
contact with an Si3N4 ball were determined using a 

CETR UMT-2MT universal mechanical tester. In 

the ball-on-disc method, sliding contact is produced 
by publishing a ball specimen onto a rotating disc 

specimen under a constant load. Tests  were carried 

out without lubricant. The loading mechanism 

applied a controlled load Fn to the ball holder  
(Fig.8) and the friction force was measured 

continuously during the test using an extensometer.  

 

 
Fig.8. Material pair for the ball-on-disc method: 1- Si3N4 

ball; 2-sample (disc) 

 

For each test , a new ball was used or the ball was 
rotated such that a new surface  was in contact with 

the disc. The surface of the discs flat and parallel to 

within 0.02 mm and the roughness of the test surface 
not more than 0.1 µm Ra. Friction coefficient was 

calculated from the following equation (5): 

                                 
n

t

F

F
                        (5) 

 
Where: Ff is the measured friction force, and Fn is the 

applied normal force. 

 

Microstructure observations of the specimen were 

carried out using a  JEOL  JSM-6460LV  scanning  
electron microscope. X-ray diffraction analysis for 

the characterization of the ceramic composites were 

made as a completion study. The Rietvelda method 

with X’Pert Plus programme made possible of 

quantitative phase analysis of ceramics. The Philips 
program APD-3.5B-Fit profile was applied for 

observation wt% content of revealed  phases. X-ray 

diffraction was used both to identify phases and to 
assess the ratio of tetragonal zirconia phase (t) to 

monoclinic zirconia phase (m) in selected tested 

composites. Preliminary cutting tests of Al2O3-

Ti(C,N)  (C) in the turning of tool steel steel NC6 

grade with hardness 50 HRC were carried out for 

CSRNL2525-12 type inserts. Al2O3-ZrO2-TiC 

(type B, B1) composites were carried out for SNGN 

12 04 08 type inserts in the turning of the 
constructional alloy steel 40H with 252 HB 

hardness. Tool life (Tmean) of the insert cutting edge 

was measured for tested composite inserts at 

following cutting parameters: (speed and feed of 
cutting): speed (vc)=150 m/min, feed (f)=0.13, depth 

(ap) = 0.3, wear criterion -wear on flank face from 

measured VB values up to VBmax = 0.30 mm. were 
accepted. Cutting tests were performed without 

cooling lubricant.  
 

3. Results and Discussion 

 

The results obtained from the tests concerning 

apparent density ( p), Young’s modulus (E), Vickers 
hardness (HV1), fracture toughness at room 

temperature (KIC) and at elevated temperature 873K -

KIC(HV)ET of the tested alumina matrix composites 
with various composition are presented in Table 2.  

Table 2. Selected mechanical properties of tested alumina 

matrix composites. 
 

 

Mate 

rial 

Apparent 

 density 

 

p 

[g/cm
3
] 

 

Vickers 

hardness 

 

HV1 

[GPa] 

Young’s 

modulus 

 

E 

    [GPa] 

Fracture  

toughness  

 

KIC 

[MPa m
1/2

] 

Fracture 

toughness 

at 873K 

KIC(HV)ET 

[MPa m
1/2

] 

B 4.13 18.8 378 4.6 4.3 

B1 4.09 18.3 358 4.2 4.0 

C 4.18 19.3 385 4.2 4.0 

C1 4.23 17.0 394 4.6 4.2 

 

Tested titanium carbide-zirconia and carbonitride 

reinforced alumina matrix composites exhibit: high 
Vickers hardness (in the range 17.0-19.3 GPa),  

similar values of critical stress intensity factor KIC at 

room temperature (in the range 4.2-4.6 MPa m
1/2

), 
KIC(ET)  at elevated temperatures of 873K (in the range 
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4.0-4.3 MPa m
1/2

), similar values of elastic modulus 

(358-394 GPa). Further, the lower mass decrement 

rate Vn is observed for Al2O3-Ti(C,N) where Vn=4.7-

4.9 m/h for C and C1 respectively in comparison to 

Al2O3-ZrO2-TiC composites Vn =5.7-7.8 m/h for B 

and B1 respectively. 
 
Analysis of results indicates 

higher fracture toughness (by approx. 10%) for 

ceramic composites based on submicro powders (B) 

than for those containing mixture nano and submicro 
powders (B1). One of the reasons of  differences in 

fracture toughness is various ratio of tetragonal 

zirconia phase (t) to monoclinic zirconia phase-(m) 

observed in tested composites. The Al2O3-ZrO2-TiC 
(B1) composite reveals higher amount about 40% of 

monoclinic phase in comparison to Al2O3-ZrO2-TiC 

(B) (Fig.9).  

 
Fig.9. X-ray diffraction analysis of Al2O3-ZrO2-TiC 

(B) composite. 

 
The ratio of tetragonal to monoclinic phase is 6.6 for 

Al2O3-ZrO2-TiC (B)  and 3.4 for Al2O3-ZrO2-TiC 

(B1). Increasing of the zirconia tetragonal phase-(t) 

fraction in comparison to the zirconia monoclinic 
phase-(m) fraction in the Al2O3-ZrO2-TiC (B) 

composite effects improvement of the fracture 

toughness. The values of fracture toughness is 

higher (about 10%) for Al2O3-Ti(C,N) (C1) 

composites with addition of 2wt% ZrO2nano. This 

increase can result from lower Vickers hardness  of 

tested composite. The fracture toughness at elevated 

temperature (873 K) exhibits lower values (by 

approx. 5-10%) in comparison to composites tested 
at room temperature. The similar effect is observed 

for both tested composites: the alumina composites 

reinforced by means of titanium carbonitride and  
composites reinforced by means of titanium 

carbides. The fracture toughness remains on the 

same level with increasing of the temperature up to 
1073 K. The friction coefficient values for the 

Al2O3-Ti(C,N) (C,C1) composites at the contact with 

the Si3N4 ball were changed in the range from 0.38 

to 0.48 respectively (Fig.10).  

 
Fig.10. Friction coefficient of the Al2O3-Ti(C,N) (C) and 

Al2O3-Ti(C,N) (C1) composites . 

 

The Al2O3-Ti(C,N) (C) composite reveals higher 
(about 20%) value of the friction coefficient 

(µ=0.48) than the Al2O3-Ti(C,N) (C1) composite 

(µ=0.38). The microstructure of the Al2O3-ZrO2-TiC 
and the Al2O3-Ti(C,N)  is presented in Fig. 11-13.  

 

 

a)  
 

Fig. 11. SEM surface micrographs of  the Al2O3-ZrO2-
TiC composites: a)  (B); b)  (B1).  

ZrO2 

TiC
ZrO2 
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a)  

b)  
Fig.12. SEM micrographs of the fracture 

surface of the tested composites: a) Al2O3-

ZrO2-TiC (B), b) Al2O3-ZrO2-TiC (B1). 
 

a)  

b)  
Fig.13. SEM micrographs of the fracture 

surface of the tested composites: a) Al2O3-

Ti(C,N) (C); b) Al2O3-Ti(C,N) (C1).  

 

Fine particles of the zirconia and of the titanium 

carbides, homogeneously distributed in the alumina 

matrix, are visible in the micrograph of the Al2O3-

ZrO2-TiC (B1) composites (Fig.11a,b). The 

uniformly distributed of the ZrO2 particles with  
agglomerates are observed as well (Fig. 11a). An 

intergranullar and transgranullar fracture is observed 

for alumina matrix composites reinforced TiC and 
Ti(C,N) with dominate of transgranullar fracture for 

composites based on mixture nano and micro 

powder (Fig. 12,13). Cutting tests carried out on the 

titanium carbide-reinforced ceramic composites with 
alumina matrix reveal more than twice increase in 

tool life (Tmean=24 min) for the Al2O3-ZrO2-TiC (B) 

composite in comparison to the Al2O3-ZrO2-TiC 
(B1) (for which tool life achieves values 11 min). 

The high tool life is observed for the alumina matrix 

composite with Ti(C,N) as well. Preliminary 
industrial cutting tests in the turning of NC6 steel 

exhibit tool life (T=253 min) of the composite with 

the Ti(C,N) and 2 wt% ZrO2
(m)

nano  (C1)  at cutting 

speed  vc = 150 m/min, (Fig.14). The cutting tests 

were carried out without cooling lubricant. 
 

Fig.14. Relationship of the wear on flank face (VB) 

against cutting time (t) for the C1 composite . 

 

4.  Conclusions  

Results, obtained from analysis of the mechanical 
properties of tested alumina matrix composites 

reinforced by means of the titanium carbide zirconia 

and titanium carbonitride permit to evaluate these 
materials usefulness for cutting tools edges. 

Alumina-zirconia-titanium carbide composite with 

mixture powders in micro- and nano-scale of size 

not improve the fracture toughness. Alumina-
titanium carbonitride with 2wt% zirconia composites 

reveal the fracture toughness on same level in 

comparison to alumina– zirconia-titanium carbides 
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composites. The elevated temperature of 873K 

decreases the fracture toughness of tested 

composites (by approx. 5-10%). Preliminary cutting 
tests carried out on the alumina matrix composites 

prove their good cutting properties. The results of 

the presented investigations allow rational use of 
existing ceramic tools.  
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Abstract 

 

In this paper a new multi camera digital image 

correlation (DIC) system is used to view strain fields 

from opposing surfaces of discontinuous carbon 

fiber composites loaded in tension. The system is 

investigated to understand if DIC can be used to 

correlate the cause of damage initiation to the 

underlying fiber architecture within heterogeneous 

composites. Results indicate that whilst potential 

final failure sites can be detected at low global 

strains in the form of strain concentrations, they are 

not always evident on both sides of the sample. 

Localized variations in the strain fields exist at the 

meso (tow) scale in materials with stochastic 

architectures. Studying the development of strains 

on both sides of the sample at even modest global 

strains gives an early indication of where damage is 

likely to initiate, which can then be related back to 

underlying architectural features identified by 

ultrasonic C scan. However, pin-pointing the 

specific region of ultimate failure is not possible 

using these techniques alone. This phenomenon is 

dependent on the specimen thickness and the fiber 

volume fraction, which explains why ordinarily it 

can be difficult to associate the location of fracture 

sites with features observed in conventional single-

sided DIC strain profiles. 

 

 

1 Introduction  
 

Composites can be made cost effectively and in 

sufficient volumes using the Directed Carbon Fiber 

Preform (DCFP) process, as potential replacements 

for steel and aluminum components for niche 

vehicles [1].  However, as with most discontinuous 

fiber architectures DCFP is heterogeneous, which 

results in high material variability and complicates 

the prediction of mechanical properties compared 

with textiles.  Modified rule of mixtures techniques 

and classical laminate theory provide sufficiently 

accurate global stiffness predictions [2-6] for 

discontinuous fiber architectures, but these „smeared‟ 

approaches fail to account for the complex failure 

mechanisms which influence the onset and 

propagation of damage. Various finite element 

models have been developed in attempts to predict 

failure, establishing how the micro mechanical 

behavior contributes to failures at the meso and 

macro scale [7-9]. Traditional methods of measuring 

global strains, such as strain gauges or 

extensometers are limited for validating these 

models, and therefore full field strain analysis 

techniques are utilized as a comparator [10].  

Moiré interferometry has been demonstrated as a 

useful tool for visualizing full strain fields and the 

local gradients in specimens under tension [11, 12]. 

This technique has been successfully implemented 

to visualize through specimen strain fields in 

laminated composites  [13],  giving confidence that 

localized gradients can be identified using this 

technique. However, existing systems require highly 

coherent light, which is only possible with expensive 

and cumbersome long cavity lasers. The other major 

limiting factor is its sensitivity to vibration, which 

restricts its application to laboratory conditions.  

Through the development of a 2 dimensional 

technique, which was later extended to 3 

dimensions; digital image correlation (DIC) has 

been developed [14-17] as a practical and widely 

accepted method of full field strain measurement 

[18]. The displacements, and therefore induced 

strains, can be calculated for a specimen by 

comparing a succession of images taken over time 

during mechanical loading. This technique is much 

less susceptible to vibration than interferometry, 
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partially due to the lower spatial resolutions 

involved,  and the 3D method has the added benefit 

of utilizing two images; eliminating image-plane 

displacement gradients and the errors they introduce 

in strains commonly experienced with the 2D 

approach [19].  

Whilst the use of this technique is well established, 

strain fields are typically determined from just one 

side of the specimen. This is satisfactory for 

characterizing the behavior of homogeneous, 

isotropic materials, but it is logical that 

discrepancies may exist between the strain fields 

from the two outer surfaces for composites with 

random fiber architectures. Feraboli et al [20, 21] 

reported that localized defects, generally associated 

with voids or resin rich areas, are not necessarily 

indications of sites for ultimate failure in these 

materials, suggesting more complicated mechanisms 

may determine where failure or damage is initiated. 

However, it is possible that critical features in the 

strain fields were being overlooked, since strain data 

was only collected from one side of each sample.  

It is therefore rational to use a multi-camera DIC 

system to observe the strain fields on both sides of 

the specimen in stereo. Previous attempts to examine 

strain fields on opposing sides of paperboard 

samples [22] were problematic, with only a single 

camera used to view each side of the specimen. One 

side was also observed in a reflecting mirror, which 

was one potential source of error associated with the 

translation, rotation and scaling used to map the 

analysis images. 

Where multiple DIC camera systems have been used 

in the literature [23, 24] it was not to view opposing 

faces. Up to 4 cameras were used by Laurin et al 

[23] to determine the properties of unidirectional 

laminates. Two cameras were placed either side of 

specimens to view the thickness of the laminate 

during a four point bend test, clearly demonstrating 

the ability to use DIC to identify through-specimen 

differences in the strain fields of multi-layer 

laminates. Further experimentation demonstrated the 

ability to identify both local and global buckling of 

an impacted specimen under compression. Tensile 

testing was also carried out but with only a single 

camera observing the specimen. Any out of plane 

movement (Z Plane) was registered as a movement 

in the X and Y directions, leading to further 

inaccuracies in the reported strains. 

The aim of this paper is to implement a multi-

camera DIC approach to collect full-field strains 

from opposing surfaces of discontinuous carbon 

fiber composite samples. These will be compared 

with ultrasonic C-scans to investigate if the surface 

strain distribution directly correlates with areas of 

attenuation, caused by local variations in the fiber 

areal mass through the thickness of the structure. 

Ultrasonic C-scanning has previously been 

considered as a non-destructive method for 

evaluating the fiber distribution within discontinuous 

architectures [21], but it was concluded  that it was 

of little value due to difficulties in interpreting 

results and differentiating between poor attenuation 

and “defects”. Greater success was reported for 

laminated composites however, where delamination 

affected larger areas [25].  

 

2 Methodologies 

 

2.1 Manufacture of composite plaques 

 

Three materials were chosen for the experimental 

work; mild steel, a non-crimp fabric (NCF) 

composite and a discontinuous fiber architecture. 

Steel was selected for system calibration, due to its 

homogeneous isotropic properties. NCF was chosen 

as an orthotropic benchmark material for 

comparison against the quasi-isotropic discontinuous 

material.  

 

2.1.1 Preforms 

 

For the NCF samples, 400 mm x 300 mm preforms 

were created by hand laminating individual plies of 

200gsm/PW-BUD/T700SC 12K 50C/0600mm UD 

CF NCF (supplied by Sigmatex) into a tool. 12 plies 

were placed at alternating 0° and 90° orientations for 

a 3mm thick sample, giving a volume fraction in the 

region of 40% for the finished plaque.  A second 

unbalanced architecture was created with alternating 

plies, but plies 8 and 9 were placed in the same 

orientation to achieve a preform where both external 

plies were in the 0° orientation. 3%wt Reichhold 

Pretex 110 binder was added between plies and the 

preform was compacted and cured at 120°C for 5 

minutes to stabilize. 

DCFP preforms were created using an automatic 

process [26]. A revolving chopper head randomly 

deposited orientated carbon tows, cut to 15mm 
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lengths from a continuous spool of Toray T700 60E 

12k. The head moved across an expanded metal 

grid, through which a vacuum was drawn, depositing 

fibers in a 600 mm x 400mm region.  Fiber was 

initially deposited following a series of North-South 

linear paths across the entire area, and then 

completed by depositing in an East–West direction. 

Binder was applied along with the fibers and the 

process was repeated until the desired volume 

fraction was met.  All preforms were consolidated in 

a press before being punch cut to fit the 400mm x 

300mm Resin Transfer Mold (RTM) tool.  

 

2.1.2 Resin Transfer Molding 

 

Both NCF and DCFP preforms were injected with 

Huntsman XU3508 resin in a vacuum assisted 

closed mold tool. The resin was preheated to 80°C 

and the tool temperature maintained at 90°C during 

the 15 minute injection cycle, at pressures of up to 5 

Bar. Plaques were then cured for 4 hours at 110°C 

before being removed from the press and air cooled 

for 2 hours. Five plaques were created in total, with 

details presented in Table 1. 

 

2.2 Preparation of Specimens and DIC System 

Calibration 

 

Dog bone samples (dimensions as shown Figure 1) 

were milled from the completed composite plaques.  

High strength rolled steel samples were also milled 

from a flat strip 50 x 3mm. To ensure a suitable 

specimen size the dog bones were created at 38mm 

wide [27] and individual specimens were prepared 

with a stochastic speckle pattern on the front and 

rear faces, using water based model maker‟s paint. A 

white base layer was initially sprayed, onto which a 

black speckle pattern was applied using aerosol 

paint. Significant effort was made at this stage to 

optimize the size and distribution of the pattern to 

ensure image data was being collected across the 

whole of the region of interest (ROI) for the entire 

duration of the test. Too fine or too large a pattern 

resulted in data being lost across the sample. Each 

specimen had a horizontal line drawn, perpendicular 

to the sample edge, across the width of each surface. 

This was used during the post processing phase to 

align the coordinate system for the software graphics 

with that of the actual specimen and was designated 

the X-axis, with the direction of tensile elongation 

defined as the Y-axis and the Z- axis the through 

thickness of the specimen. 

Full field strain results were measured using a 

Dantec Dynamics Digital Image Correlation System 

(Figure 2).  The system consisted of 4 off 5 

Megapixel CCD cameras with 28mm lenses. In a 

conventional 2 camera Digital Image Correlation 

(DIC) system, one camera is typically used as a 

reference. Within the image of this camera the points 

which are to be evaluated are defined on a grid basis 

and discretized into facet subsets. These facets can 

then be identified within subsequent images, from 

the same or a second camera, and their new position 

identified relative to the reference. A limitation to 

this approach is that it is only possible to measure 

the displacement on surfaces which are within the 

view of the reference camera, this leads to 

restrictions in its use, particularly on curved objects. 

To improve this situation a third camera can be 

added to the set-up. 

Dantec Dynamics have developed a cluster based 

approach for the multi camera analysis. The points 

to be evaluated in this method are not defined by a 

reference camera image, but by a virtual object, 

created from the convergence of the images from the 

various cameras involved. The elimination of the 

reference image allows cameras to be positioned to 

view different areas of the test specimen, with the 

limitation that at least 2 cameras need to have 

visibility of any region for analysis. The cameras 

also need to be rigidly mounted to prevent relative 

movement with each other. With a suitable mount 

and 8 cameras this system can be used on cylindrical 

specimens, giving a full 360° view, without the need 

to stitch the data. A specially created double sided 

calibration target is required for viewing two 

opposing sides of the specimen when using four 

cameras. Each side of the target has its own unique 

coordinate system for correlation. By knowing the 

relative positions of these two coordinate systems a 

single coordinate system can be defined and used for 

the analysis of the specimen.   

 

2.3 Tensile Testing  

 

Specimens were tested on an Instron 5581 Universal 

testing machine. Tensile samples were elongated at a 

rate of 1mm/min and strain data collected using the 

described equipment with a sampling rate of 1Hz in 

accordance with BS2782; Method 326F: 1997. 
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Average specimen width and thickness were 

calculated from 5 measurements taken across the 

ROI for each part. Tensile modulus was evaluated 

over the range of 1000 to 3000 micro strain for all 

samples.  

The steel sample was used to provide confidence in 

the system set up and to provide a benchmark for the 

other materials. As a homogenous ductile material 

with well published results for mechanical properties 

and failure modes, the strain fields were expected to 

be uniform through the part thickness. 

Strains are calculated from the deformation gradient 

tensor F =     which can be decomposed into a 

rotation and stretch tensor  

 

             (1) 

 

The rotation element is eliminated leaving the 

Cauchy-Green deformation tensor 

 

               (2) 

 

This can be used to calculate the Green - Lagrangian 

strains  

 

    
 

 
            (3) 

 

The average lagrangian strains in the Y direction 

from the DIC analysis were plotted against stress, 

calculated from the force channel of the Instron 

equipment, to determine tensile modulus (Figure 3).  

A separate modulus value was calculated for each 

surface of the sample. Strains were extracted over 

rectangular polygons created across the surface 

regions. Within the current beta version of the 

software, the corners of the polygons do not print 

through to both sides of the specimen, but individual 

points can be created which do appear on both 

surfaces. Therefore 4 points are first defined as the 

control corners over which the polygon corners are 

manipulated to be coincident. With the possibility of 

errors being included, due to the manual process of 

alignment, a study using a steel specimen was 

conducted to determine the sensitivity of the results 

to this process.  A polygon was drawn on a single 

side of the sample, then deleted and redrawn over 

the defined corner points on 5 separate occasions. It 

was found that the modulus values calculated from 

the extracted polygons varied by less than 0.027%. 

Therefore, it was concluded that no significant error 

would be introduced through this manual process, 

provided care was taken in the alignment of the 

points. 

A second study was conducted to evaluate the size 

and location over which the polygon is drawn to 

establish any effects that this may have on the strain 

results. Two polygons were evaluated against each 

other. The largest polygon was approximately 

100mm in length and covered the entire width, 

named Gauge 1.  Gauge 2 was created at 

approximately 50mm in length, similar in 

dimensions to a mechanical extensometer (Figure 1). 

During the discretization stage the software breaks 

the surfaces into smaller regions called facets.  For 

this work a facet size of 17 pixels square was used at 

the suggestion of Dantec, based on the high quality 

of images available from this set-up. The facets 

overlap each other and the level of overlap can be 

modified. Increasing the overlap results in a 

smoother strain map, but is detrimental to the 

computation times. Three different levels of overlap 

were included in this study to understand the 

significance on the calculated modulus (Table 2). 

 

2.4 Comparison of DIC strains with Ultrasonic C-

scans 

 

With DIC strain fields available for both surfaces of 

a specimen, a comparison can be made by 

combining the two strain fields to give a pseudo 

through specimen image, which can be directly 

compared with an ultrasonic C scan. This effectively 

assumes that the strain gradient between the two 

surfaces is linear, which may be a poor assumption, 

but it conveniently provides a way of comparing 

both strain fields with a single C-scan to establish if 

there is a link between the local areal mass variation 

and the failure site of the specimen. 

The DIC plots for strain in the Y direction were 

extracted from the Dantec software and converted to 

a weighted grey scale, using ImageJ® analysis 

software. The images were split into the three 

constituent color channels (red, blue and green); 

with areas of high strain clearly visible in both the 

red and blue channels without further manipulation. 

The blue channel was chosen for further processing 

and the image for surface 2 was mirrored 

horizontally and merged with the image of surface 1, 

applying a 50% opacity value to each. This 
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effectively calculates an average greyscale value for 

the combined images. 

The failed 3mm DCFP samples were scanned using 

a pulse-echo technique and a 5MHz sensor. The C 

scan image was manipulated in InspectionWare64® 

software, firstly converted to a grey scale image (0-

255) and then a minimum threshold of 110 applied, 

to highlight the areas where the signal had been 

attenuated.   

 

3. Results and Discussion 

 

3.1 Steel specimen benchmark analysis 

 

The symmetrical strain distributions on the two sides 

of the steel sample are shown in Figure 5. The image 

was taken just prior to final failure at an applied 

strain of 15000μstrain. The central region has 

undergone significant plastic deformation and the 

location of final failure by shear is indicated by the 

white lines drawn at 45°.  

A main effects diagram can be seen in Figure 4 for 

the study investigating the effect of gauge size 

(large, small), facet overlap (5, 9 and 12 pixels) and 

specimen side (Surface 1, Surface 2) on the tensile 

modulus for the steel sample. The average elastic 

modulus was calculated to be 192.3GPa, with a 

1.19% coefficient of variation, using the different 

polygon gauges described above. Tensile modulus 

values calculated using the larger sized gauges were 

1.2% higher than those from the smaller gauge. 

Modulus values calculated from Surface 1 were 

0.75% higher than those calculated from Surface 2. 

The effects of change in facet overlap were similar 

on each side and significantly less important than 

gauge size and specimen side, showing no 

discernible trend. A general linear model analysis of 

variance (GLM Anova) was conducted in Minitab 

v16, but no statistical relevance was found for 

interactions within the results. In general, the errors 

calculated for all three variables studied were 

considered to be insignificant, confirming that the 

system was suitably calibrated and appropriate for 

assessing strain variations within the composite 

samples.  

The larger gauge was chosen over the smaller gauge 

for all subsequent analyses of the composite 

samples, due to an insignificant increase in 

computation time. Facet overlap was also minimized 

to 5 pixels, since it had no distinguishable effect on 

results for the current application. Using these 

criteria, the difference in tensile modulus between 

the 2 surfaces for the steel sample was 0.24%.  

Matching linear gauges were drawn on opposing 

surfaces of the steel specimen to investigate the 

difference in local strains across the two sides of the 

sample (Figure 1). Two gauge lengths were initially 

created for the steel specimen (120mm and 50mm), 

covering either the full specimen length or 

simulating the length of a centrally positioned 

contact extensometer. Global modulus values were 

calculated (Table 2) and they are within the range 

calculated from the polygon gauges (190.5GPa – 

194GPa). The local strains along the 120mm long 

gauge are plotted in Figure 9 for both sides of the 

specimen.  Strains are displayed as a Strain 

Concentration Factor (SCF) which is calculated as 

the local strain divided by the global average in the 

specimen, which provides a normalized scale for 

comparing against the composite samples. There is a 

smooth transition of strain along the gauge length to 

the point where the sample has deformed plastically. 

There is also good conformity in the results between 

each of the surfaces, as expected for a homogenous 

material.  

 

 

3.2 Global stiffness variability of composite 

specimens 

 

Table 3 shows the average tensile modulus values 

for the composite samples calculated from the large 

polygon gauges. Unlike the steel analysis where a 

single sample has been used, results are presented 

for 6 different DCFP composite samples and two 

NCF samples (2 repeats for each fiber architecture), 

each with a unique stochastic pattern on either 

surface.  

There is only a small error (0.6% maximum) 

between the modulus values calculated from each 

side of the NCF samples, which is of the same order 

of magnitude as the steel. The error is higher for the 

DCFP samples (1.8% maximum) because of larger 

intra-plaque strain variations. This can be observed 

by comparing the full-field Lagrangian strain plots 

for each composite specimen in Figure 6 - Figure 8. 

Each figure shows the strain distribution on both 

sides of the specimen, with white lines indicating 

where final fracture(s) occurred. The images were 

taken immediately prior to failure (see Table 1 for 
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failure strains) and have been plotted using a 

maximum micro-strain scale of 50k for comparison 

against the steel sample.  

The NCF samples exhibit consistent strain fields on 

both sides of the specimen at the macro level, with 

no early indication of where the specimen may fail. 

Images of the 3mm and 6mm 40% VF DCFP 

samples not only show significant variation in the 

strain field within each surface, consistent with 

variation at the fiber bundle level, but also variation 

in high strain areas which appear on one surface and 

not the other. This suggests that there are significant 

local strain gradients through the thickness of the 

sample as a result of the fiber architecture. 

Consequently for the 3mm thick DCFP specimen in 

Figure 7 for example, it is impossible to predict 

where the sample may fail as the applied strain 

develops, as there are strain concentrations of 

similar size and magnitude throughout the surface of 

the specimen. Final failure eventually occurs at the 

root of the radius at the top of the image, which may 

have been as a result of the machining process rather 

than the fiber architecture. However, there is only 

evidence of a high strain in that region on one side 

of the specimen, which would have been completely 

overlooked in a conventional DIC setup. 

There are fewer prominent strain concentrations in 

the 2mm DCFP samples, but it is difficult to 

conclude if this is because of thickness effects or 

because the fiber volume fraction is lower (20%) 

and consequently the strain response is dominated 

more by the matrix material rather than the fibers. 

 

3.3 Local strain variability in composite samples 

 

The 120mm linear strain gauges have been used to 

quantify the strain variability between the two sides 

of each specimen, presented as normalized values of 

local strain divided by global average (strain 

concentration factors) for each specimen surface 

presented in Figure 6 - Figure 8.  

Figure 10 summarizes the linear gauge data for the 

two NCF samples. Strains are uniform along the 

entire length of the gauges in all instances, with a 

variation within the ±20% range used in the 

literature for filtering the effects of noise [21]. The 

small variation that is evident within the strain 

patterns appear to have a regular saw tooth form, 

which resembles the spacing of individual fibers in 

the fabric. The patterns are unexpectedly consistent 

on plaques with 0°/0° and 0°/90° architectures on the 

outer surfaces. On closer inspection under a different 

X axis scale (figure not included) it can be seen that 

the pattern is more irregular than is apparent in these 

images. However, in Figure 6 there are clearly 

horizontal lines of strain variation, which are more 

prominent on surface 2. The DIC may be detecting 

some influence from the inter-tow resin rich regions 

in the ply immediately below the surface.  

There are no regions indicating abnormally high 

strain or that failure could be expected in a particular 

local area of the NCF sample, even at such a late 

stage in the test (see Figure 6 and Figure 10). Failure 

was fiber dominated and occurred suddenly at two 

locations where the radii of the dog bone meet the 

gauge section, due to the notch sensitive nature of 

the material [28]. The average error between strain 

profiles from the two corresponding surfaces from 

each specimen was less than 20% in each case. 

The variation seen in the DCFP linear gauges 

(Figure 11 and Figure 12) differs from that of the 

steel (Figure 9) and NCF (Figure 10), both along the 

gauge and between the two surfaces. The peaks and 

troughs are irregular in interval and height along the 

gauge length. For the 3mm sample for example, 

there are areas where the magnitude of the local 

strains from the two surfaces are well matched (at a 

distance of 8-22mm), but most areas appear 

unrelated (for example at 58-65mm and 105-

110mm). The average error between the strain 

profiles for Surface 1 and Surface 2 of the 2mm, 

3mm and 6mm DCFP samples are 240%, 199% and 

91% respectively. The error clearly reduces as the 

homogeneity of the sample improves with increasing 

thickness.  

Extreme peaks in the strain distribution are evident 

at a distance of 6, 70 and 112mm for the 3mm DCFP 

sample (Figure 11). High strains are only recorded 

on one side of the sample at these points, further 

demonstrating that local variation in strain can occur 

across the surface and through the thickness of the 

specimen. The local strain is 13.5 times higher than 

the global average at a Y distance of 70mm, which is 

the peak value for this particular specimen. 

However, this point is unrelated to the final failure 

point, as fracture occurs due to the high strain 

observed at a distance of 6mm (SCF=10). These 

high strain events are localized, with adjacent areas 

having strain magnitudes in line with the average for 
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the sample, highlighting the general heterogeneous 

nature of the DCFP material.  

There is also a single area of high strain on Surface 1 

of the 6mm DCFP specimen (graph not shown) and 

whilst this is the site of final failure, there is no 

evidence of a corresponding strain concentration on 

the rear surface. The local strain at this point (173k 

µε) is the highest value recorded within any 

composite specimen, which is likely to be due to a 

local fracture or dislocation. The magnitude of these 

local strain concentrations appear to increase with 

sample thickness, but this can be attributed to the 

different global strains applied in each case. The 

strain images were captured just prior to final failure 

rather than at a consistent strain value, so the thicker 

samples were subjected to a higher strain (see Table 

1). 

In general, observations for the discontinuous 

materials are similar to those of Considine and 

Vahey [22], with extreme levels of strain being 

identified close to the point of failure. Individual 

points of high strain, the surface they fall on and 

their ability to be identified as points of interest are 

evident at lower levels of applied strain, as shown in 

Figure 13. However, there are substantially more 

points with higher than average local strain values, 

even if viewed with an applied “filtering” method, 

making it difficult to isolate where the failure will 

occur. Viewing full field strains on both sides of 

discontinuous materials ensures that the strain 

development in the region of ultimate failure is 

successfully captured, but identifying which of the 

various high strain regions will trigger final failure is 

not clear from this method alone.  

 

3.4 The influence of local areal mass variability 

 

One of the 3mm DCFP samples was ultrasonically 

inspected for comparison against the DIC strain 

profiles. Several regions can be identified in Figure 

14 which correlate in location, shape and size 

between the strain image from the DIC and C-scan. 

Arguably the region of failure (A) in the DIC image 

shows the characteristic joining of strain 

concentrations, as discussed by Feraboli et al [20], 

but the center of the sample (C) shows similar 

patterning and it is difficult to conclude how a 

decision could be made as to which region would 

fail first at the current applied strain.  Area B shows 

a distinctive 2 line pattern which can be picked out 

from both the DIC image and the C-scan. There are 

also obvious edge correlations at D and at the dark 

region on the left hand side of the sample, just 

outside area C. The different greyscale values for the 

two patterns in area B indicates that they are of 

different intensity. They both originate from the 

image of Surface 1 and may give an indication of 

depth of the feature within the sample. However, 

ultrasonic B scanning which should be able to 

identify attenuation in cross sections of the sample, 

proved inconclusive in attempts to correlate these 

features. Other non-destructive techniques such as 

Computed Tomography (CT scanning) may be more 

successful at correlating specific architectural 

features with strain signatures.   

 

4 Conclusions 

 

A new multi camera DIC cluster has been used to 

simultaneously collect full field strain data from two 

opposing surfaces of tensile specimens. Benchmark 

cases using steel and non-crimp fabric confirm that 

there is a good correlation between the tensile 

modulus values calculated from the front and rear 

surfaces (<2%). The multi-camera DIC approach is 

particularly valuable for measuring strain fields in 

heterogeneous materials, where surface strains differ 

due to fiber architectural features and defects. 

The strain fields for the discontinuous fiber 

composites show variation within each surface, 

consistent with fiber bundle variation, but also 

differences can be observed between opposing 

surfaces of the same specimen.  Some large strain 

concentrations which are responsible for final failure 

are only identifiable on a single surface and 

therefore would have been overlooked by a 

conventional single sided DIC set-up. There appears 

to be an increasing trend between the magnitude of 

the maximum local strain concentration within a 

sample and the specimen. Additionally, the strain 

distribution appears to be less varied for thicker 

samples.   

Whilst the new DIC technique offers additional 

insight into the development of strain fields, highly 

strained regions on the outer surfaces are not 

necessarily an indicator of the area of ultimate 

failure, particularly as specimen thickness increases. 

Ultrasonic C-scanning has been used to study the 

local areal mass variation and there is a strong 

correlation between these results and strain 
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concentrations observed from the DIC strain 

analysis. However, there is insufficient information 

at this stage to conclude whether variations in the 

local areal mass dominate failure. Complementary 

techniques such as micro CT imaging are required to 

visualize underlying architectural features such as 

voids, bundle ends, fiber cross-overs etc. to enable 

the key failure mechanisms to be clearly identified.  
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Figure 1: Size and position of polygons used to define 

gauges 

 

 

 

 

Figure 2: Multi camera DIC system 

 

 

Figure 3: Stress versus strain curves for tensile 

modulus 

 

 

 

 

Figure 4: Main Effects Plot for the influence of 

polygon size (large, small), facet overlap (5, 9, and 12) 

and specimen side (Front, Rear) on the average tensile 

modulus (GPa) 

 

SmallLarge

193.5

193.0

192.5

192.0

191.5

1295

RearFront

193.5

193.0

192.5

192.0

191.5

Polygon

A
v

e
ra

g
e

 M
o

d
u

lu
s
 (

G
 P

a
)

Overlap

Side

Main Effects Plot for Modulus
Data Means

ICCM19 5328



 

Figure 5: Full Field Strain Plot for 3mm Steel. 

Approximate plane of failure indicated by line 

 

 

 
Figure 6: Full Field Strain Plot. 0°/90° NCF. 

Approximate plane of failure indicated by line 
 

 

Figure 7: Full Field Strain Plot for 3mm DCFP. 

Approximate plane of failure indicated by line. 

 

 

 

Figure 8: Full field strain plot for 2mm DCFP. 

Approximate plane of failure indicated by line. 
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11  

STUDYING THE HETEROGENEITY OF DISCONTINUOUS FIBER COMPOSITES   

 USING A NEW FULL-FIELD STRAIN MEASUREMENT SYSTEM 

 

 

Figure 9: Strains along linear gauges: steel 

 

Figure 10: Strains along linear gauges: 0°/90° and 

0°/0° NCF 

 

Figure 11: Strains along linear gauges: 3mm DCFP 

 

 

Figure 12: Strains along linear gauges: 2mm DCFP 

 

 

Figure 13: Strain profile for Surface 1 from 3mm 

thick DCFP sample at applied strain of (Left) 1000 

μstrain, (center) 3000 μstrain and (right) 6900 μstrain  

 
Figure 14: Comparison of DIC and ultrasound. 0-255 

grey scale with threshold applied at 110 
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Table 1: Fiber Volume Fraction (Vf), thickness (t) and summary of tensile properties for each plaque 

Plaque Architecture Vf (%) t (mm) E (GPa) UTS (MPa) εfailure (µε) 

A NCF 0/0 40 3 51.0 59.7 11121 

B NCF 0/90 40 3 51.2 65.6 12325 

C DCFP 20 2 9.5 6.7 6209 

D DCFP 40 3 24.8 14.9 6941 

E DCFP 40 6 21.8 16.2 8326 

 

 

 

Table 2: Tensile Modulus (GPa) for Steel Sample. Calculated using both rectangular polygon gauges with 

different facet overlaps (5, 9, 12), different length (large=120mm, small=50mm) and also linear gauges of the 

same lengths.  

Overlap           5          9         12 Linear Gauge 

Gauge Size Large Small Large Small Large Small Large Small 

Side 1 194.4 192.1 193.5 192.0 194.1 192.1 194.0 190.5 

Side 2 193.5 190.3 193.0 189.9 192.3 190.6 192.0 193.1 

Average 194.0 191.2 193.3 191.0 193.2 191.4 193.0 191.8 

Error between 

Side 1&2 (%) 

0.24 0.48 0.12 0.57 0.47 0.39 0.52 0.68 

 

 

 

Table 3: Tensile Modulus (GPa) for Composite Samples 

Composite 0°/0° NCF 0°/90° NCF 6mm DCFP 3mm DCFP 2mmDCFP 

Sample 1 2 1 2 1 2 1 2 1 2 

Side 1 50.6 51.3 51.8 50.9 21.8 21.1 26.0 23.8 11.1 7.6 

Side 2 51.0 51.1 51.8 50.3 22.6 21.5 25.6 23.8 11.5 7.6 

Average 50.8 51.2 51.8 50.6 22.2 21.3 25.8 23.8 11.3 7.6 

Error between 

Side 1&2 (%) 

0.39 0.20 0.0 0.59 1.80 0.94 0.78 0.0 1.77 0.0 
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1 Introduction  

There is a strong requirement for more robust, 

lighter and cheaper launch vehicle structures. 

Unstiffened composite cylindrical shells, which are 

essential to the fabrication of launch vehicle 

airframes, are prone to buckling and are highly 

sensitive to imperfections which arise during the 

manufacturing process. The buckling load is an 

important characteristic in design, and may vary 

drastically from the buckling load of the perfect 

structure when realistic imperfections are present 

[1]. 

The current design guidelines for imperfection 

sensitive shells are based on the NASA-SP 8007 [2] 

which dates from 1965. Typically, the theoretical 

buckling load of a given cylinder design is predicted 

by performing a linear bifurcation analysis using 

closed-form equations of the geometrically perfect 

structure. This theoretical buckling load is then 

reduced by applying an empirical knockdown factor 

to account for the differences between theory and 

test. 

From recent literature [3-5], the NASA-SP 8007 

knockdown factors used in the design of aerospace-

quality shell structures were found to be overly 

conservative and inappropriate for shells constructed 

from modern manufacturing processes and materials 

such as composites. Such a conservative approach 

means that structures are therefore heavier and more 

costly than need be. 

Dependable and verified design criteria for thin-

walled cylindrical shells are required, particularly 

for shells constructed from advanced materials and 

manufacturing techniques. A new design criterion 

using a new robust optimization methodology in 

conjunction with the Single Perturbation Load 

Approach (SPLA) and the stochastic approach is 

being developed by the collaborative European 7th 

Framework Program project: New Robust Design 

Guideline for Imperfection Sensitive Composite 

Launcher Structures (DESICOS) [6]. The design 

criterion will account for real behavior of composite 

materials including imperfections to provide less 

conservative and more accurate knockdown factors. 

This paper provides a measure of the Sensitivity and 

Influence of initial imperfections on the axial 

buckling load of 50 nominally identical composite 

cylinders which were numerically generated from 

actual shell measurements [5], as a contribution to 

the overall DESICOS project. The effect of initial 

geometric, loading, thickness and material 

imperfections on the axial buckling load of 

unstiffened composite cylindrical shells was 

investigated and compared using probabilistic finite 

element (FE) analysis in conjunction with the 

stochastic approach and metamodels [9]. The 

magnitudes of the imperfections were plotted against 

the axial buckling load and the effect of each 

imperfection type on the overall axial buckling load 

determined. The results displayed may be used for 

the robust optimization of shells which may improve 

the reliability of their knock-down factors.   

2 Influence of Imperfections 

Preliminary investigations into the influence of 

loading and geometrical imperfections were 

conducted by Zimmermann [7] and further 

developed by Hühne et al. [8]. It was discovered that 

the effect of the imperfections depended on the 

laminate set-up. The results from Hühne et al. [8] 

can be used to define lower limits for knock-down 

factors of composite shells and provide a direction 

for the design engineer regarding which 

manufacturing tolerances to focus on. The results 

also indicate that the downside of achieving higher 

buckling loads is that the designs are more sensitive 

to geometrical imperfections. 
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Hühne et al. [8] quantified the imperfection loading 

energy in terms of the area underneath the peak load 

experienced at the circumference of the cylinder. 

The influence of loading imperfections was then 

compared to that of geometrical imperfections.  

More recently, Degenhardt et al. [5] investigated the 

imperfection sensitivity of geometrical and non-

traditional imperfections such as loading, material 

and thickness imperfections using probabilistic 

methods. The work presented here re-evaluates and 

extends that of Hühne et al. [8] and Degenhardt et al. 

[5] to compare and evaluate imperfection 

sensitivities through a proposed technique to non-

dimensionalise the responses as a means of dealing 

the different fundamental units. Lastly, the 

sensitivity of the axial buckling load to 

imperfections is rigorously investigated by adopting 

and enhancing the stochastic methods developed by 

Lee et al. [9]. 

3 Stochastic Modeling of Imperfection Types 

Full scale initial measurements of thickness and 

geometric imperfections of eight nominally identical 

CFRP IM6/8557 UD cylinders from a DLR paper 

(Degenhardt et al. [5]) were imported into 

MSC.Patran/Nastran for SOL 106 non-linear static 

analysis. These cylinders are representative of 

imperfection sensitive design in which the 

sensitivity of the axial buckling load to each 

imperfection type is magnified. An overview of the 

nominal cylinder data is provided in Table 1. 

Table 1. Nominal properties of DLR cylinders. 

Property Nominal Data 

Total length (mm) 540 

Free length (mm) 500 

Radius (mm) 250 

Total Thickness (mm) 0.5 

Lay up [24/-24/41/-41] 

Cylinder mass (g) 641 

In the lay-up presented in Table 1, the 24º ply is the 

innermost ply and all plies have the same thickness 

of 0.125mm. 

For convergence studies different mesh refinements 

(between 1,500 and 80,000 elements) were used 

from which a benchmarked model of 14,400 

elements was selected. The model consisted of 225 

circumferential and 64 axial shell elements which 

featured a nominal element length of 7.6mm. In 

addition, different boundary conditions were tested 

resulting in a benchmarked clamped bottom edge (in 

all three translational degrees of freedom) and a 

displacement controlled upper edge as shown in 

Figure 3. The boundary conditions were applied to 

20mm axial length on the top and bottom edges to 

simulate the epoxy resin potting from [5]. 

The Z26 cylinder from Degenhardt et al. [5] was 

simulated as the “perfect” benchmark model. Actual 

measured initial geometric and thickness 

imperfections were then added onto the perfect 

cylinder simulation and compared with test results as 

shown in Figure 1. Although variations in thickness 

reduce the overall buckling load, geometric 

imperfections reduce the load more significantly. 

When both imperfection types are incorporated into 

the simulation, the combined effect further reduces 

the global buckling load to a point just above the test 

value. The difference between the simulation with 

geometric and thickness imperfections and the test 

value may be caused by loading imperfections which 

were not measured in [5]. Deterministic values 

cannot be assigned to those imperfections and a 

large number of stochastic simulations are needed to 

address the influence of the loading imperfection on 

the axial buckling load of monocoque cylinders. 

 

Fig. 1. Comparison of Z26 cylinder load shortening 

curves from simulations and test results with thickness 

and geometric imperfections. 
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3.1 Geometric Imperfections 

To model realistic geometric imperfections, ATOS-

scanned geometrically imperfect shells [5, 8] were 

imported into MATLAB, treated as random fields 

and their evolutionary power spectrum determined. 

The evolutionary power spectrum was then used in 

conjunction with the spectral representation method 

to generate 50 Monte-Carlo computational models 

of random imperfect 2D shell surfaces [10, 11]. 

Under the constraints of the evolutionary power 

spectrum, these surfaces fit within the statistical 

margins of the initial tested shells. The power 

spectrum is described as the Fourier transform of the 

auto-correlation function        and may be 

interpreted as the distribution of the mean square of 

the random field      over the space-frequency 

domain [11]. The evolutionary power spectrum was 

decomposed into two unrelated functions for the 

frequency content and the spatial evolution based on 

the surfaces’ eligibility to utilize the method of 

separation. This method allows an accurate 

estimation of the evolutionary power spectrum with 

a reduced data set and is given as [11]: 

        ̃    ̃    (1) 

where the estimated homogenous Fourier spectrum 

is: 

 ̃     [
 

   
|∫               

      
 

 

|

 

] 
 

(2) 

 

and the estimated spatial envelope is: 
 

 ̃    
 [|     |

 ]

 ∫  ̃     
 

 

  

 

(3) 

The Hamming window was used to reduce the 

window-processing loss energy bias. For a bi-

dimensional random field, the spectral 

representation method is [11]: 

         √ ∑ ∑ [      (              )

    

   

    

   

       (              ) ] 

 

(4) 

where  

    √  (             )        
 

(5) 

All variables have their common meanings [10, 11]. 

An example of an imperfect surface generated using 

this approach is shown in Figure 2.  

The spectral representation method generates new 

imperfect surfaces based about a common mean or 

average value. Having passed the Kolmogorov-

Smirnov test (KS-test), which was used to check 

whether the distribution of any small statistical 

series can be approximated by a normal distribution 

[12], measured average radii of the cylinders, among 

other variables, were confirmed to conform to a 

Gaussian normal distribution with the parameters 

shown in Table 2. 

 

 

Fig 2. Bi-dimenional random field generated using the spectral representation method.

Axial 

Length 

(mm) 

Circumference (mm) 

Imperfection 

Amplitude 

(mm) 
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Table 2. Gaussian parameters of CFRP cylinders. 

Parameter Mean (mm) Standard Dev. % 

Radius 250.743 0.014 

Total 

Thickness 

0.478 2.699 

The values in Table 2 were then used to generate 50 

different mean radii and thickness values which 

were incorporated into the 50 FE simulations.  

3.2 Thickness Imperfections 

Automated ultrasonic tests on the actual cylinders 

were conducted by DLR using the water split 

coupling echo-technique to detect any defects in the 

structure; such as delaminations or air pockets [5]. 

Thickness imperfections were also recorded using 

this technique and imported into the spectral 

representation method to create 50 stochastic models 

with various correlated thickness measurements; an 

example of which is shown in Figure 3. 

 

 

 

Fig. 3. FE model featuring boundary conditions and 

thickness imperfections generated from the spectral 

representation method. 

In addition to the spectral representation method, the 

means of the thickness imperfections for each 

cylinder were varied according to the Gaussian 

distribution in Table 2. 

 

3.3 Material Imperfections 

Material imperfections are often characterized from 

literature or provided from the manufacturer in terms 

of their tested mean and standard deviation values. 

The probabilistic material properties of the cylinders 

were given in [5] following several different studies. 

From benchmarked results, the values chosen for the 

stochastic FE models are displayed in Table 3.  

Table 3. Material Properties of measured CFRP prepreg 

IM7/8552 UD, Gaussian normal distributed means and 

standard deviations [5] t = tension, c = compression, L = 

longitudinal direction, and T = transverse direction 

Stiffness 

Properties 

Mean value 

(GPa) 

Standard 

Deviation (%) 

    157.4 2.39 

    10.1 4.11 

    5.3 1.10 

Poissońs 

Ratio 

0.31 5.55 

The material properties displayed in Table 3 were 

incorporated into MATLAB to generate 50 different 

material properties for the stochastic simulations.  

Variations in material properties are often much 

higher in composite shells than those manufactured 

from isotropic materials. Such variations are 

unavoidable using modern manufacturing techniques 

and arise from the intrinsic anisotropy of composite 

materials [13]. From the DLR ultrasonic scans and 

Figure 3, it is evident that some points with the 

lowest thicknesses are situated along the fibre 

directions; particularly the outermost -41º ply. These 

aligned points can be interpreted as a gap between 

plies in that particular direction which was not 

adequately closed during fabrication [10]. These 

areas therefore possess different localized material 

properties.  

An automated routine [10] was followed in order to 

pinpoint aligned areas where inter-ply gaps may 

exist. Firstly, all points that were characterized as 

the absolute lowest thickness value were selected as 

candidate gap points. If the points were aligned in 

ply directions and exceeded a certain threshold, set 

at one-fifth the total number of points in the ply 

direction, a missing ply was assigned to these points. 

Otherwise, they were modeled by a reduction in the 

matrix phase only.  

Translation <0,0,-0.7> (mm) 

Rotation <,,,> 

Translation <0,0,0>  

Rotation <,,,> 
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3.3 Loading Imperfections 

Hühne et al. [8] employed the compression test 

facility shown in Figure 4 and utilized shims to 

induce unevenness in the end plates for realistic 

loading imperfections.  

 

Fig. 4. Load introduction with shim to induce an uneven 

loading over the entire upper edge [8]. 

The shim used was a thin metal plate with a 

thickness that varied from t = 0.05mm to t = 0.4mm. 

It was located between the top and the end plate at 

32 predefined and equally spaced positions on the 

circumference and provided the stochastic input into 

these simulations.  

To represent the above loading imperfections in 

MSC.Patran, an uneven “initial displacement” was 

applied over the upper edge of the cylinders, where 

the maximum initial displacement corresponded to 

the various thicknesses of the metal shim; an 

example of which is shown in Figure 5.  

 

Fig. 5. Load imperfection simulation in MSC.Patran. 

The largest magnitudes of the simulated loading 

imperfections were placed randomly around the 

circumference for additional stochastic variation. 

The upper circumferential edge was then displaced 

downwards by the boundary conditions shown in 

Figure 3 which represent the compression force 

induced by the buckling tests. 

4 Effect of Various Imperfection Types on Axial 

Buckling Load  

Two formulations, the Influence and Sensitivity, can 

be used to provide insight on the effect that each 

imperfection type (or input variable) has on the axial 

buckling load (or output variable) from metamodels 

[9]. 

4.1 Derivation of Sensitivity 

Sensitivity can be determined by using the least-

squares method (Legrende [14]). This is a measure 

of the gradient of the output results with respect to 

an input variable. The axial buckling load (output) 

and the difference between the magnitude of the 

different imperfection types (input) and their 

average values were plotted into metamodels and 

their sensitivities defined using the following 

formula [9]: 

  
∑      ̅      ̅  

   

∑      ̅   
   

 

 

(6) 

where β is the “sensitivity” of the output with 

respect to a given input, 

m is the number of stochastic inputs, 

   is the output response, 

   is the input variable; and, 

the over-bar indicates the mean value. 

The values of the sensitivities were scaled and 

normalized      to remove skew effects originating 

from the different fundamental units of the 

stochastic inputs [15]. The sensitivity points to the 

amount of change that the output result experiences 

with respect to a change in the input variable. Thus, 

a large Sensitivity translates to a large change in 

output, as the input is varied. This is shown in 

Figure 6 where plots showing various levels of 

sensitivity are shown. Note that Sensitivity can also 

be interpreted as the gradient of the line of best fit 

for any given metamodel. 

 

Thin metal plate 
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displacement 
(0.05-0.4mm) 

Shim thickness 

Min displacement 
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Fig. 6. Sensitivity is the gradient of the best-fit line 

between the input and output. 

4.2 Derivation of Influence 

A measure of the correlation of the output result 

with respect to the input variable is also necessary to 

determine the overall effect of various imperfections 

on the axial buckling load. This correlation is a 

measure of the Influence that the input variable has 

over the behavior of the response. The Spearman 

Correlation [16] was selected as it is neither biased 

nor is there a requirement for the variables to be 

linearly related. The formulation for the Influence ρ 

is: 

  
∑             (

   
 

)
 

 
   

√∑      
   (

   
 

)
 

 
   

√∑      
   (

   
 

)
 

 
   

 

 

(7) 

where   is the ordinal rank, 

   is the output response, 

   is the input variable; and, 

  is the number of samples in the metamodel. 

An Influence factor of unity means that the input is 

directly proportional to the output. Alternatively, an 

Influence factor of -1 means that the input variable is 

inversely proportional to the output. An Influence 

factor of 0 means the input variable has no influence 

on the behavior of the output response as described 

in Figure 7. 

 
Fig. 7. Influence represents the correlation of the input to 

output [9]. 

4.3 Formulation for Overall Effect 

Lee [9] used the Sensitivity and Influence to 

formulate an indicator for robustness. Similarly in 

this case, the Sensitivity and Influence was used to 

formulate an index for the overall effect of each 

imperfection type on the axial buckling load. The 

indictor was compiled as follows: 

       |    | (8) 

Where        is an indicator of the overall effect of 

the imperfection type on the axial buckling load. 

From the derivations, it is evident that higher 

magnitudes of Sensitivity and Influence lead to 

higher overall effect of the imperfection on the axial 

buckling load. 

The parameters described here can be used in the 

future to define limits on manufacturing tolerances 

for robust design. 

5 Results 

Nonlinear static finite element simulations were 

performed in which 50 time steps were selected and 

10 iterations allowed to convergence. An example of 

the buckling behavior of an imperfect cylinder is 

shown in Figure 8. Just before the onset of global 

buckling, deep groves are typically seen near the 

maximum initial load displacement (shim 

placement) as shown by the dark colored patch in 

8a. Shortly after, global buckling typically 

commences at a location near the initial local buckle 

at the mid-length of the cylinder (8b). 

 

8a. 8b. 

Fig. 8. Buckling behavior of an imperfect cylinder.  

Metamodels featuring the results from 50 stochastic 

FE simulations with various imperfections were 

determined from the simulations are plotted in 

Figures 9-15. The values of their Sensitivity, 

Influence and overall effect on the axial buckling 

load are shown in Table 4. 
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Table 4. Results from stochastic analysis. 

 Average 

Value 

            

Geometric 250.743 

mm 
0.961 0.194 0.186 

Total 

Thickness 
0.478 mm 0.991 0.480 0.476 

Loading 0.2 mm -0.940 -0.442 0.416 

    157.4 GPa -0.999 -0.048 0.049 

    10.1 GPa -0.999 -0.238 0.238 

    5.3 GPa -0.999 -0.036 0.036 

Poissońs 

Ratio 
0.31 -0.939 -0.097 0.091 

The magnitude of the compression and shear moduli 

were scaled to fit within a 0-0.5 value range to elicit 

the highest and most conservative normalized 

sensitivity and to enable comparison with input 

variables of lower values. 

 

Fig. 9. Effect of geometric imperfections on axial 

buckling load. 

 

Fig. 10. Effect of thickness imperfections on axial 

buckling load.  

 

Fig. 11. Effect of loading imperfections on axial buckling 

load.  

 

Fig. 12. Effect of longitudinal compression modulus 

imperfections on axial buckling load. 

 

Fig. 13. Effect of transverse compression modulus 

imperfections on axial buckling load. 
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Fig. 14. Effect of shear modulus imperfections on axial 

buckling load. 

 

Fig. 15. Effect of Poissońs ratio imperfections on axial 

buckling load. 

6 Discussion 

The metamodels agree with intuitive understanding 

of the variability in the overall buckling load with 

respect to changes in the cylinder geometry, material 

and boundary conditions. For instance, it is well 

understood that as the average radius of the cylinder 

increases, the overall buckling load should increase, 

as is the case with upward trend line in the 

metamodel in Figure 9. Likewise, as the average 

thickness increases, the general buckling load 

increases and as the loading imperfection or shim 

thickness increases, the corresponding buckling 

loads decrease in value. The same can be said of 

general material variability except the longitudinal 

compression modulus, which seems to have little 

effect on the global buckling load. 

Based on the values of  
       in Table 4, there is a strong indication that 

imperfections in the overall thickness play the 

largest role in determining the overall axial buckling 

load of imperfection sensitive unstiffened cylinders, 

followed closely by loading imperfections. For these 

imperfection types, the axial buckling load is highly 

correlated to any slight change in its average value. 

Hardly affecting the axial buckling load are general 

material imperfections such as the longitudinal 

compression modulus, the shear modulus and the 

Poissońs ratio. These findings agree with results 

from literature [5, 17]. By investigating the 

correlation of the axial buckling load to various 

imperfection types through probabilistic analyses, 

Degenhardt et al. [5] found that geometrical, loading 

and boundary conditions had the largest overall 

influence. Thickness imperfections, the longitudinal 

Young’s modulus and deviated fibre angles caused a 

further load reduction. From investigations on 

cylinders of similar length and radius, but different 

lay-ups, Hilburger and Starnes [17] suggest that 

variations in the thickness can have a significant 

effect on the buckling load of the shell.  Literature 

[7, 8, 17] also suggests that variations in the 

laminate set-up, such as ply thickness, stacking 

sequence and ply angle variation play a large role in 

determining the overall buckling load of the shell. 

Surprisingly, from the results of this stochastic 

analysis, geometric imperfections rank fourth in its 

overall effect on the axial buckling load. This 

particular imperfection type, from literature [18-20], 

was initially suggested to be the main cause of the 

large knockdown factors needed to design robust 

cylinders.  

Also unexpectedly, the transverse compression 

modulus ranks third in its overall effect on the axial 

buckling load. From previous literature [5], it was 

suggested that material imperfections, such as the 

Young’s modulus perpendicular to the fibre 

direction and the shear modulus, play a negligible 

role in its effect on the axial buckling load. 

7 Future Work 

The results of this approach to quantifying the 

sensitivity of various imperfection types on the 

overall axial buckling load are far from conclusive. 

Many more stochastic simulations are needed to 

confirm the validity of this approach for robust 
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design. Monocoque composite cylinders of various 

lengths, radii, thicknesses and lay-ups are required to 

validate this approach for unstiffened shells. It is 

important to determine if thickness imperfections are 

the governing imperfection type across a range of 

shell geometries or if these results only apply to the 

particular shell tested in this paper. This will enable 

manufacturers to tighten tolerances on the thickness 

while loosening tolerances on other fabrication 

parameters to save cost whilst obtaining an 

optimized robust cylinder design. 

Furthermore, stochastic results from stiffened, 

isogrid and sandwich shells of different material and 

shapes (conical structures) and physical buckling 

tests on all structural samples are required to ensure 

the validity of this approach across a range of 

different important structural designs. The 

correlation of the imperfections to the torsional 

buckling load may also emerge as an important 

research topic 

Furthermore, variations in fibre angle were not 

accounted for in this paper and should be an area for 

future research. 

8 Conclusion 

Methods have been developed to accurately compare 

the overall effect of the axial buckling load to 

different imperfection types. The results indicate that 

thickness imperfections hold the most influence over 

the axial buckling load than others and must be 

accounted for in the design process. Many more 

stochastic and probabilistic data are necessary to 

validate this approach. Such results may be used to 

aid the design of more robust, lightweight and cost-

effective shells if used in collaboration with the 

Robust Index Methodology developed in previous 

work [9, 21]. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  
The paper addresses a method to realise lithium-
ion batteries by electrografting of a very thin 
solid polymer electrolyte (SPE) coating on to 
carbon fibres. Carbon fibres featuring very high 
reversible capacity [1] were prepared to be 
employed as the negative electrodes in a novel 
structural battery device. A lithium-ion 
conductive, electrically insulating, polymer 
electrolyte [2, 3] with an average thickness of 
470 nm was deposited around individual carbon 
fibres by cathodic electrografting [4]. In the 
paper, an electrocoating procedure applied on 
carbon fibre yarns, generating dense pinhole-
free SPE coatings on individual carbon fibres, in 
presence of a lithium salt as supporting 
electrolyte is presented and verified by 
microscopy. The coated fibres were employed 
in a novel battery concept paving the route 
towards a fully structural battery composite 
material. 

 

2 Coating of carbon fibres  

Fibres were coated with a solid polymer 
electrolyte from a Methoxy polyethylene glycol 
(350) monomethacrylate (SR550) monomer. For 
the coating a monomer solution electrolyte 
containing Lithium triflate salt and a DMF 
solvent was employed. Fibre coating was 
performed in a purpose built Teflon setup with a 
three-electrode assembly, schematically 
illustrated in Fig. 1. The working electrode 
consisted of a carbon fibre tow consisting of 

approximately 3,000 fibres. A  CF bundle 
containing 24,000 fibres was used as counter 
electrode and a piece of lithium metal as 
reference electrode.  

 
Fig 1. Schematic of the purpose-built coating 
rig. 
 
The uncoated and coated fibres are depicted in Fig. 
2, below. 

COATED CARBON FIBRE BATTERY HALF-CELLS FOR 
STRUCTURAL BATTERY COMPOSITES 
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Fig 2. Uncoated (upper) and SPE-coated IMS65 
fibres. 
   
An average coating thickness of 470 µm was 
determined by TGA. The Li-ion concentration in the 
coating was determined to 13%, which is 
sufficiently high to allow the coated fibre to operate 
in a battery [3]. 

3 Battery performance  

The coated carbon fibres were employed with slurry 
containing nano-sized cathode materials and carbon 
black to form a battery. Cycling data for the carbon 
fibre battery are shown in Fig. 3. 
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Fig 3. Cycling of the carbon fibre battery. Five 
cycles at 1C.  
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1 Introduction  

Advanced tow placement techniques allow the fibre 

(tow) to be placed curvilinearly within a lamina, and 

the composites manufactured using this concept are 

described as variable angle tow (VAT) composite 

laminates. As such, tow steering enables the 

designer to tailor the local stiffness and fully take 

advantages of the directional properties of composite 

laminates, resulting in lightweight structures with 

superior performance for aerospace applications 

[1,2,3,4,5,6]. Buckling resistance is often considered 

as primary design criterion of aero-structures. It has 

been reported in the literature that, the buckling load 

carrying capacity of a rectangular VAT plate can be 

substantially improved when the in-plane 

prebuckling stresses that result from the variable 

stiffness are redistributed in a benign way [1, 2, 3, 4]. 

The aim of this work is to optimize the VAT 

configuration of a long plate with one free edge and 

others simply supported for the maximum buckling 

load. A long plate with one free edge is commonly 

used in aerospace structures, such as a stringer or 

half flange of an I-section [2]. 

On the contrary to the benefits offered by VAT, the 

optimal design of VAT laminates is a challenging 

task due to the increased design flexibility and point-

wise stiffness tailoring feature. Design of VAT 

laminates involves large number of design variables 

as one has to determine the layup sequence at each 

point in the structure. In addition, the objective 

function defined in terms of fibre angle orientations 

or the fibre trajectories is highly non-convex and the 

optimization process is likely to be trapped in local 

optima. To overcome these problems, the approach 

of using lamination parameters as the design 

variables was shown to be an effective way to solve 

the optimization problem of the VAT laminates [5, 

6]. Using lamination parameters to represent the 

lamination layups not only results in a reduction of 

design variables to 12 but also offers possibly the 

largest design space. In addition, the stiffness tensors 

(A, B, D matrices) of a laminate based on the 

classical lamination theory are a linear function of 5 

material invariants and 12 lamination parameters [8]. 

However, the values of 12 lamination parameters are 

not completely independent and are linked by a 

particular layup. Therefore, constraints that define 

the design space (feasible region) of lamination 

parameters are necessary for the optimization 

process. The feasible region of the lamination 

parameters has been proven to be convex, for 

variable stiffness composites [7]. 

For buckling or vibration problem, the objective 

functions expressed with respect to the lamination 

parameters are much less ill-conditioned (even 

concave [7]) than using the layer angles as the 

design variables. The simplified objective function 

together with the convex design space effectively 

reduces the complexity and computational 

time/efforts for a mathematical programming 

approach to search the global optima. Several works 

have successfully demonstrated the merits of using 

lamination parameters as the design variables to 

optimize the variable stiffness composite laminates 

[5, 6]. Nevertheless, these works rely on finite-

element modelling, in which the local lamination 

parameters (stiffness) are associated with each 

element/node. Such element-based design method 

may suffer from the increasing number of design 

variables and non-smooth distribution of the 

lamination parameters.  

In this work, the spatial variation of lamination 

parameters (stiffness) is defined in the form of B-

Spline curves/surfaces. A given degree B-Spline 

curve/surface is determined by a set of control points 

and a prescribed knot vector. Compared with the 

finite element discretised approach, using the B-

Spline functions to represent the variation of 
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lamination parameters needs less number of design 

variables and also results in a continuous and 

smooth distribution naturally. In addition, the whole 

region of the spatially varying lamination parameters 

is fully constrained inside the feasible region 

provided that the control points are inside the 

feasible region. This feature is due to the convex 

hull property of B-Spline functions, and is important 

for the implementation. It enables us to avoid 

dealing with infinite number of points over the 

variation of lamination parameters for the feasible 

region constraints. 

To model the behaviour of VAT plates efficiently, a 

semi-analytical approach using the Rayleigh-Ritz 

method is applied to solve the prebuckling and 

buckling problem [2]. The in-plane elasticity 

(prebuckling) problem is formulated in terms of 

Airy’s stress function, which can effectively model 

the pure or mixed stress boundary conditions and 

capture the highly non-uniform stress distribution 

accurately [4]. 

The optimum process is carried out using a two-

level optimization strategy, which was initially 

proposed by Yamazaki [13-16]. In the first step, the 

VAT configuration is defined in terms of the B-

Spline representation of lamination parameters and a 

gradient-based method is used to determine the 

optimum variation of lamination parameters across 

the plane of the VAT plate. The convergence of the 

optimization process is studied by varying the 

number of the control points to define the lamination 

parameters distribution. In the second step, the 

realistic distributions of fibre orientation angles for a 

certain stacking sequence are retrieved from the 

obtained lamination parameters based on a genetic 

algorithm (GA) [4]. In general, the most time 

consuming process in the optimal design of 

composite laminates is the mechanics analysis (in 

this work, the buckling analysis), Also the two-level 

optimization method requires much less 

computational times when compared to a direct 

search approach using the GA or other meta-

heuristics algorithms. Consequently, the two-level 

optimization strategy provides an efficient means to 

solve the optimization problem, especially for VAT 

laminates. Furthermore, the lamination parameters 

guided design process allows us to determine the 

possible best laminate configuration subject to the 

studied problem, both theoretically (first-level) and 

practically (second-level). 

Finally, the optimal layups are demonstrated and 

compared with previous published results. The 

mechanism of applying the VAT design concept to 

improve the buckling resistance of laminated plates 

with free edge is discussed. 

 

2 Lamination Parameters 

Considering classical lamination theory, the 

constitutive equations of a VAT plate is given by, 

 

[
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where A(x,y), B(x,y) and D(x,y)  are the in-plane, 

coupling and bending stiffness matrices and they are 

functions of x and y for VAT plates. The stiffness 

matrices are expressed as a linear function in terms 

of lamination parameters and material invariants. In 

the present study, only the specially orthotropic 

VAT laminates are considered in this study. In other 

words, there exists no in-plane and out-of-plane 

coupling (B=0), no shear-extension coupling (A16=0, 

A26=0) and no flexural-twisting coupling (D16=0, 

D26=0). As a result, two in-plane (  
    

 ) and two 

out-of-plane (   
    

 ) lamination parameters are 

sufficient to define the stiffness matrices as, 
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where                are the matrices of material 

invariants. The four lamination parameters are 

defined by, 
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where    ̅ is the layup function in the thickness 

direction of the plate. For variable angle tow (VAT) 

composites, lamination parameters are continuously 

varying with respect to the x and y coordinates. The 

corresponding nonlinear constraints for the 

lamination parameters should be satisfied strictly 

from point to point. Failures to satisfy the constraints 

will either give rise to an unstable optimization 

process or result in an infeasible optimal lamination 

configuration. Hence, to define an accurate 

boundary of the feasible region of lamination 

parameters is vital to the optimization of VAT 

laminates. The explicit closed-form relations 

between the 12 coupled lamination parameters are 

generally unknown. Nevertheless, the feasible region 

of these four lamination parameters can be well-

bounded by a set of closed-form expressions [6], 

which were derived from Bloomfield et al’s work 

[8], 

    
    

     (    
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(  
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     | |         
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     | |           
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where t=[-1,-0.75,-0.5,-0.25,0,0.25,0.5,0.75,1]. Eqs. 

(5)-(7) contain 19 nonlinear inequities, which can 

accurate define the boundary of the feasible region 

and also allows us to effectively deal with the 

constraints. 

 

3 Buckling Analysis of VAT Plates 

Fig. 1 illustrates the analysis problem of a long VAT 

plate with one free edge and the rest simply-

supported subject to a uniform displacement 

compression. The transverse edges are allowed to 

move but kept straight. The aspect ratio (a/b) of the 

plate is chosen to be 20 to simulate a (effectively 

infinite) long effect.  

 

Prior to buckling, the distribution of non-uniform in-

plane stresses needs to be determined [1]. The 

general prebuckling problem of VAT plates is 

solved through minimizing the complementary 

energy [2,10], which is expressed in terms of Airy’s 

stress function. 

      ∫(           )  

  

       

 ir ’   tre   fun ti n is defined in the following 
double series form for capturing the highly non-
uniform stress resultants, 
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where         represents the boundary stress part, 

while         satisfies the stress free boundary 

conditions. The unknown coefficients for Airy’s 

stress function are determined from, 
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In particular, when the fibre orientation (stiffness) is 

varying along y direction only, the transverse stress 

(    ) and shear stress (    ) are zero and the 

compressive stress has a closed-form solution [1], 
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Subsequently, the buckling problem of VAT plates 

is solved by applying the Rayleigh-Ritz method to 

the minimum potential energy functional that takes 

account of the state of in-plane non-uniform stress 

resultants. The transverse deflection        is 

expanded in a series form, 

 

       ∑             

  

        

In this work, Legendre polynomials are used for the 

series expansion of the admissible functions in Eqs. 

(9) and (11). Legendre polynomials capture localised 

behaviour and result in a fast convergence rate than 

the Fourier series [11]. 

The buckling load is then determined by solving the 

following standard eigenvalue problem, 

{[ ]   [ ]}{ }            
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To facilitate layup comparison, the buckling load is 

normalised with respect to the corresponding value 

of a homogeneous quasi-isotropic laminate [2]. 
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where  ( ̂ 
  )

   
 is  the average compressive load  
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   ∫        
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4 Two-Level Optimization Strategy 

The buckling optimization procedure of VAT plates 

is divided into two steps. At the first step, a gradient-

based mathematical programming is used to 

determine the optimum distribution/variation of 

lamination parameters which give the maximum 

buckling load. At the second step, a GA is employed 

as an optimizer to obtain the realistic layups 

(stacking sequence and fibre orientations) from the 

target variation of lamination parameters.  

4.1 First Level Optimization 

The distribution of the four lamination parameters 

(  
    

    
    

 ) for establishing an orthotropic VAT 

laminate configuration are represented in terms of 

the B-Spline surfaces, 

    
         ∑   

   
                       

  

 

where    
  is the coefficient of the series expansion 

and equal to the assigned value of a particular 

lamination parameter at a pre-defined control point 

(    ).         and         are the            

(     order B-Spline basis functions varying along 

x and y axis, respectively.           denotes these 

four different lamination parameters. When the 

lamination parameters (stiffness) are only varying 

along one principal direction, for example the y-axis, 

the variation is defined by the B-Spline curves, 

    
       ∑  

                   

  

 

In this work, for the sake of simplify, the control 

points are uniformly spaced in the plate domain and 

the degree of B-Spline basis functions is fixed with a 

uniformly spaced knot vectors. Fig. 2 illustrates an 

example of using 5 control points to construct a B-

Spline variation of lamination parameters along the 

y-axis. In this example, the knots vector is   
[                   ], for which the B-Spline basis 

functions are piece-wise quadratic variation (   ). 

Due to the local support property of B-Spline, each 

control point only affects a segment of this curve. 

This feature allows us to separate the design 

problem and integrate this B-Spline based design 

scheme into a gradient-based mathematical 

programming. By adjusting all the values of the four 

lamination parameters      
     associated with these 

five control points within the feasible region, a 

group variation of the lamination parameters is 

generated and it forms a truncated design space. The 

complete design space can be approximately 

achieved by gradually increasing the number of 

control points. 

At the first level, a gradient based method is used to 

determine the optimum distributions of the 

lamination parameters for the long VAT plates to 

achieve the maximum buckling load. The 

optimization problem is formulated as, 

Maximise:    
   

Design Variables:    
  

Subjected to:      
    

                            
     

where   
  is the lamination parameters associated 

with each control point.      
    are the nonlinear 

constraint functions that define the relations between 

the four different lamination parameters, given by 

Eqs. (5)-(7). 

4.2 Second Level Optimization 

The objective of the second level optimization 

process is to retrieve the realistic stacking sequence 

and the spatial variation of fibre orientation angles 

from the optimum distributions of lamination 

parameters. It was demonstrated that the relation 

between the lamination parameters and the layups is 

not unique and is complicated [6]. Hence, it is not 

possible to directly convert the optimum lamination 

parameters into a realistic layups using some explicit 

formulations. To accomplish this task, the objective 

is altered to search a lamination configuration that 

closely matches the target lamination parameters 
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using a sophisticated optimization algorithm, namely 

the second level optimization process. 

In this work, an unsymmetrical 16-layer stacking 

sequence [                            
    ]  is used extensively, due to its specially 

orthotropic property ( [ ]    ,         
 ,           ). In this stacking configuration, 

there are two VAT design layers               . 

The design flexibility for the through-the-thickness 

stacking rearrangement can be extended by 

increasing the number of design layers. 

For each VAT layer, the spatially varying fibre 

orientation angles are described by a general 

definition for the nonlinear variation of fibre 

orientation angles. The nonlinear variation (NLV) of 

fibre orientations is defined and is based on a set of 

    pre-selected control points in the plate 

domain, as illustrated in Fig. 3. Lagrangian 

polynomials are used to interpolate the prescribed 

fibre angles at the control points and construct a 

nonlinear distribution of fibre angles, given by the 

following series form, 

        ∑    ∏(
    

     

)∏(
    

     

)       

      

   

     

 

As such, this formulation parameterises each VAT 

layer in terms of few number of fibre orientation 

angles at the pre-selected control points. It was also 

observed that, for a flat VAT plate, only 3–5 grid 

points along each direction are usually needed to 

approach convergence. In addition, this formulation 

gives a continuous, smooth distribution for the fibre 

orientations, which are suitable to be converted into 

practical tow trajectories when the manufacturing 

constraints need to be considered. Fig. 3 

demonstrates two VAT configurations using 5 

uniform spaced control points along each direction. 

To accomplish the second level optimization process, 

we first select a VAT laminate format, which refers 

to the stacking sequence (number of design layers) 

and the control points (number and positions) for 

defining the nonlinear variation of fibre orientation 

angles. Subsequently, a GA is used to determine the 

fibre orientation angles at all the control points 

within each design layer which can lead to the 

distributions of lamination parameters matching with 

the desired results as closely as possible. 

The fitness function is then expressed in terms of the 

least square distance between the obtained 

lamination parameters and the target lamination 

parameters [14]. For the VAT distribution, the 

distance is measured as a mean value of a group of 

grid points over the plate domain. The optimization 

problem is formulated as, 

Minimize: 
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Design Variables: [  
      

      
 ]  

where   
  is the fibre angle at the control point for 

the      ply.   
  and   

  are the weightings to 

distinguish the relative importance between     
  and 

    
 .    is the total number of grid points. 

The search for fibre angles at each control point is 

performed using a GA. As the evaluation process of 

lamination parameters is very efficient, it allows us 

to use a sufficiently large population and generation 

for the GA to provide convergent solutions. Based 

on our trial-and-error experiences, the population 

size was set to be at least 50 times the number of 

design variables, while the generation is usually set 

to 150–200 depending on the population size. The 

crossover and mutation probabilities were chosen to 

be 0.7 and 0.04. 

 

5 Results and Discussion  

This section presents the numerical results of 

applying this two-level design strategy to optimize a 

long VAT composite plate with one free edge for the 

maximum compressive buckling load. The material 

properties and the geometry of VAT plates are 

chosen to be the same with previous works [1,2]. 

The lamina properties for the graphite-epoxy 

composite are given by      181 GPa,     
      GPa,      7.1705 GPa,    0.28. The 

length and width of plate are a=5.08m, b=0.254m, 

respectively. The tow thickness is 0.127 mm. The 

thickness variation of the VAT plate due to the 

manufacture process is not considered in the present 
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study and the ply-thickness is assumed to be 

constant. 

5.1 Optimal Lamination Parameters (1
st 

Level) 

It was observed that [2], for this case, the majority of 

lateral compressive load redistributed away from the 

free edge is likely to improve the critical buckling 

load significantly. Thus, the case of transversely 

varying fibre orientation is initially considered in the 

optimization and the four lamination parameters are 

varied along the y direction     
      . To examine the 

convergence of the first-level optimization process, 

the number of control points (as illustrated in Fig. 2) 

is gradually increased from 5 to 11. In each 

optimization run, all the control points are uniformly 

distributed across the plate width and the uniform 

quadratic B-Spline basis functions are used for 

constructing the variations of lamination parameters. 

Therefore, for the 5, 7, 9 and 11 control points, the 

positions of the control points are defined as, 
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and the corresponding knots vectors  are, 
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Fig. 4 shows the convergence trends of the first-level 

optimization process using different (5, 7, 9 and 11) 

control points to construct the variation of 

lamination parameters, respectively. All of these 

four optimization processes exhibit rapid 

convergences within a few iterations (less than 10). 

It is observed that, when more number of control 

points is used, a larger optimal buckling load is 

obtained. The curves for the 9 and 11 control points 

are nearly coincident, which shows that the optimal 

maximum buckling load is ultimately convergent 

with increasing number of control points. This also 

proves that the full design space can be 

approximately achieved by increasing the number of 

control points for defining the B-Spline form 

variation of lamination parameters. Nevertheless, for 

long VAT plate with one free edge, no further 

improvement of buckling load was observed when 

the lamination parameters (stiffness) are allowed to 

vary along both axes. 

The obtained optimal variations of the four 

lamination parameters are plotted in Fig. 5, for 

which the maximum buckling coefficient (   
 ) is 

     (the buckling load is 3549N).  This value is 9% 

larger than the optimal results obtained from a direct 

search using the genetic algorithm [2].  

Fig. 6 illustrates the load redistribution along the y-

axis. It shows that the majority of compressive load 

is re-distributed to a narrow region near the 

supported edge, whereas the free edge and the 

central part of the plate bear very little amount of 

load. It demonstrates again that the load 

redistribution (towards to the supported edges) 

induced by variable stiffness is the main contribution 

to improve the buckling resistance of VAT laminates. 

5.2 Optimal VAT Layups (2
nd

 Level) 

In this section, realistic variation of fibre orientation 

angles (or the tow trajectories) for the VAT 

lamination layups are retrieved from the optimal 

lamination parameters which are shown in Fig. 5. As 

aforementioned, the stacking sequence is fixed to be 

a 16-layer unsymmetric specially orthotropic 

laminate with two VAT design layers.  In the 

optimization, at each VAT design layer, the number 

of control points for defining the NLV of fibre 

orientation angles (Eq. 10) is gradually increased to 

obtain the convergent results.  

Table 1 lists the second-level optimization results 

with respect to use different number of control 

points, in which the resultant minimum distance (Eq. 

11), the buckling load given by the retrieved VAT 

layups and the differences between the obtained 

maximum buckling loads and the target value (1
st
 

level result) are compared. It shows that 5 control 

points are sufficient to yield converged results. The 
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final maximum buckling load obtained is 3594 N 

(   
      ), which is 4.5% less than the target 

value (   
      ). Note, only two design VAT 

layers were used for the design flexibility through 

the thickness. Closer matching result may be 

achieved if more design layers are used. 

Nevertheless, without adding design layers, the 

optimization results could be further improved by 

adopting sensitivity-based objective functions [6] or 

applying an enhanced second-level optimization 

strategy [16]. Additionally, the manufacturing and 

other realistic design constraints also need to be 

considered in this second-level optimization process 

in future work. 

Table 2 compares the optimal layups for the 

maximum buckling load of the long VAT SSSF 

specially orthotropic laminated plates, which are 

obtained using two different optimization 

approaches. One is a direct GA search based on the 

definition of NLV of fibre orientation angles to 

parameterise the VAT layups [2] and the other one is 

the two-level optimization strategy presented in this 

paper. For a clear comparison, 5 control points along 

y-axis are used to define the NLV of fibre angles for 

both VAT layups. The determined optimal variation 

of fibre angles using these two methods are slightly 

different, but gives nearly identical buckling loads. 

The optimized VAT plates demonstrate nearly 300% 

improvement on the buckling load over that of 

quasi-isotropic laminated plate. The evaluation of 

buckling load for each design is also validated by the 

FEM results (Abaqus). 

A direct GA search approach requires many 

(population size   the number of generations) 

buckling analyse of VAT plates. The computational 

effort increases considerably when more design 

layers and more control points are used for the VAT 

layups design. Nevertheless, this issue is avoided in 

the two-level optimization strategy. For this problem, 

it needs less than 10 iterations (=times of buckling 

computation) to achieve the convergent result. In 

addition, the theoretically possible maximum 

buckling load of the VAT plate (constant thickness) 

problem is determined. The computational expense 

involved in the process of retrieving realistic layups 

from the resultant lamination parameters is much 

less and is not high when the design flexibility is 

extended. 

Fig. 7 plots the spatially varying fibre angles of the 

two optimal VAT layers determined by the two-level 

design scheme (the 5 control point). Overall, the 

fibre orientation is monotonically increased from the 

bottom to the top. This variation of fibre angles lead 

to the compressive load redistributed towards the 

bottom edge (supported edge).  It is also interesting 

to note that the fibre orientations are all 

approximately 0 degree near the bottom (simply-

supported) edge for the inner layers    . The 0 
degree fibres are useful for strengthening the 
plate, since the majority of compressive load is 
spread in this region.   

  

6 Conclusions  

The buckling resistance of a long variable angle 
tow (VAT) composite plate with one free edge 
(the others are simply-supported) is optimized 
using an effective two-level design approach. At 
the first-level, the VAT plate is designed with 
respect to the lamination parameters and at the 
second-level the optimal distributions of fibre 
angle for each layer are determined from the 
target lamination parameters. As different from 
the finite-element based approach, the 
distribution of spatially varying lamination 
parameters and fibre angles are both 
characterized by a set of pre-defined control 
points over the plate domain. The B-Spline basis 
functions and the Lagrangian polynomials are 
used to mathematically define the variations of 
lamination parameters and fibre angles, 
respectively. The control points based 
description scheme requires fewer design 
variables than finite-element approach and 
naturally results in smooth, continuous 
distributions. 

Moreover, it was observed that both of two level 
optimization processes exhibit rapid 
convergences with few number of control points. 
Finally, a 16-ply optimal VAT laminate layups for 
the maximum buckling load is determined and 
compared with the results given by a direct GA 
search approach. In future work, the two-level 
design approach will be applied to optimize the 
buckling performance of VAT plates under 
different boundary conditions and load cases.  
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Table 1.  Second-level GA optimization results 

using different number of control points for the 

definition of the NLV fibre orientation angles 

Number of 

control points 

Minimum 

distance (  ) 

Buckling load (N) 

( coefficient   
  ) 

Difference 

to target 

3 0.458 3354 (3.73) 11% 

5 0.3496 3549 (3.95) 5.7% 

7 0.2828 3580 (3.98) 5.0% 

9 0.2583 3594 (4.00) 4.5% 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Table 2. Optimal layups for the maximum buckling load of a long SSSF 16-layer specially orthotropic laminates. 

The FEM results (Abaqus) are provided in parentheses for comparison. 

Optimal approach Layups Buckling load (N)   
  Increase (%) 

- Quasi-Iso 897.85 - - 

- [       ]AS 1527.6 1.70 70% 

Direct GA 
          [                     ]   

         [                 ] 
3539 (3483) 3.94 294% 

Two-level 
          [                    ]   

         [                  ] 
3549 (3489) 3.95 295% 

 

 

 

 
Fig 1. Loading cases and geometry of a long VAT 

plates with one free edge 

 

 

 

 

 

 

 

Fig 2. An illustration of using the B-Spline curve to 

represent the spatial variation of lamination 

parameters along y-axis 
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Fig 3. The uniformly distributed control points for 

defining the nonlinear variation (NLV) of fibre 

orientations. Left: varying along y-axis; Right: 

varying along both axes. 

 

 

Fig 4. Convergence trends of the first level 

optimization process using different number of 

control points for constructing the B-Spline form 

variation of lamination parameters along y-axis 

 

 

Fig 5. Optimal variations of the four lamination 

parameters (    
   ) for the maximum buckling load of 

VAT plates with one free edge 

 

Fig 6. The normalized lateral compressive load 

redistribution along y-axis 

 

 

Fig. 7 A segment of the NLV of fibre orientation 

angles: top       and bottom       
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 General Introduction  

The determination of the strength and the failure 

behaviour of fiber reinforced composites is a 

complex task. This is mainly due to the anisotropy 

and the inhomogeneiety of the material on the 

microscale. The strength or the fracture toughness of 

the interface between fiber and matrix is the key 

factor controlling the failure process on microscale, 

especially under loads transverse to the fiber axes. 

The ultimate failure of a laminate is a complex 

process consisting of a large number of different 

subprocesses. Due to its highly dynamic nature on 

one hand and the microscopical scale on the other it 

is not possible to observe the ultimate failure 

directly or even to analyse it theoretically. However, 

long before ultimate failure occurs a large number of 

elementary failure processes take place in a rather 

static manner or at least at low crack propagation 

speed. 

 

2 Failure of 0°/90° cross ply laminates 

2.1 General aspects of the failure of plies under 

transverse loading 

The strain distribution in a ply loaded transverse to 

the fiber direction is very inhomogeneous due to the 

fact that - up to a certain extent - fiber and matrix are 

connected in series. Since the fibers undergo only 

small strains due to their high stiffness and, as a 

result, their contribution to the total deformation in 

loading direction is very small the matrix has to 

contribute the by far largest part of the deformation. 

Accordingly the strains and, as a consequence, the 

stresses in the matrix are very high. This leads to 

early failure of the transverse loaded plies, the so 

called "first ply failure" by cracks perpendicular to 

the loading direction. The origination of these 

cracks, mainly caused by debonding of individual 

fibers within the 90° ply, is analysed later.  

2.2 Failure of 0°/90° CFRP laminates 

First, the cracks and fracture surfaces of a 0°/90° 

cross ply laminate are studied on the example of a  

carbon fiber/epoxy laminate with a 45% fiber 

volume fraction (figs. 1-4). The micrographs are 

made with a confocal laser scanning microscope. 

During the growth of the external load a large 

number of cracks develop in the 90° ply, almost 

equally spaced (fig. 1a). A closer look into the crack 

paths shows that the cracks primarily propagate in 

the interface between fiber and matrix (fig. 1b). The 

matrix is crossed by the cracks merely in order to 

continue the propagation in the interface of the 

neighbouring fiber. Even though the cracks in the 

90° ply are - in average - rather straight and mainly 

oriented perpendicular to the loading direction, they 

may be slightly deviate or they may jump between 

different "layers" of fibers depending on the local 

geometry and the respective strength of matrix and 

interface (figs. 2a-2c). In the vicinity of the interface 

between the 0° and the 90° ply the delamination 

predominantly takes place along the fibers in the 0° 

ply (fig. 1b). However, also cracking of the 90° ply 

is encountered. In this case shear failure transverse 

to the fibers occurs (see Sect. 2.3). 

2.3 Fracture surfaces of a 90° ply 

There is a great difference between fracture surfaces 

formed under pure or at least prevailing mode I 

stresses and those formed under mixed mode 

stresses implying a remarkable mode II part [1]. The 

matrix breaking under prevailing mode I conditions 

in general shows rather smooth fracture surfaces 

with moderate variations in height. In the example 

given here the crack jumps by about 20µm from 

fibers at a lower level (fig. 2a, bottom) after crossing 

FRACTURE MECHANICS OF COMPOSITE PLIES  

ON MICROSCALE 
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a matrix zone to fibers at a higher level (fig. 2a, top). 

The jump exhibits a very steep slope (figs. 2b, 2c). 

The profile of the fracture surface of the matrix 

zone, indicated by the yellow arrow, is rather 

smooth (fig. 2c). One should keep in mind that the 

length scale and the height scale of the profile are 

different. 

 

In case of failure under dominating mode II stresses 

the fracture surfaces are ragged showing significant  

shear cusps in zones where the distances between 

the fibers are large (fig. 3a, left and right zones). 

When the fibers are very close to each other the 

matrix rather breaks with a flat fracture surface (fig. 

3a, center). Obviously the distance between the 

fibers has a significant influence on the fracture of 

the matrix. Due to the high stiffness of the fibers the 

deformation of the matrix is constrained. The profile 

(fig. 3b) reveals the roughness of the fracture surface. 

In the debonded zones almost no matrix is left on the 

fiber surface. This means that the adhesion to the 

fiber surface is lower than the cohesion within the 

matrix. Even though this seems to be the most likely 

material behaviour, it is known, especially in case of 

thermoplastic matrices, that an interphase may form 

around the fiber possessing a higher fracture 

toughness than the bulk matrix. In this case the 

fibers are covered by a thin matrix film after fracture. 

However, this is not typical in case of epoxy resins. 

As an extreme example the fracture surface of a 

matrix rich region is shown in fig. 4 exhibiting a 

large number of shear cusps. All fibers are torn out, 

their former positions can be identified by the canals. 

Only a single fragment of a fiber is left (upper left 

corner). 

 

The fracture surfaces reveal that the failure of a 

composite ply depends on several parameters. Even 

though the onset of failure cannot be observed 

directly inside a loaded specimen it is most likely 

that the debonding of individual fibers is the initiator 

of the failure process. Accordingly, the analysis of 

interfacial debonding is the key to understand the 

failure of plies under transverse stresses.  

 

The fiber-matrix interface was extensively 

investigated in regard to develop test methods for 

measuring the interface strength. Micromechanical 

tests such as fragmentation, pull-out, microdroplet 

and push-out tests were developed. A 

comprehensive overview is given by Kim and Mai 

[2]. However, in the respective tests shear stresses 

parallel to the fiber axis are the dominating loading 

of the interface. The failure of a composite ply 

though is initiated by stresses transverse to the fiber 

direction. The failure under transverse stresses was 

investigated, among others, by Varna and Paris [3,4] 

starting in the midst of the 1990th. Initiated by their 

work a strong activity took place in this field and 

several authors dealt with this topic. Fracture 

mechanical analyses of the interfacial crack 

propagation were performed and the mixed mode 

energy release rate was calculated either by means 

of the boundary element method or by the finite 

element method [5-9]. In addition the debonding 

processes was studied experimentally, e.g. on single 

fiber specimens [10-16].  

 

3 Mode ratio of energy release rate depending on 

length of crack increment 

3.1 Differences between cracks in uniform 

materials and in bimaterial interfaces  

It is well known that fundamental differences exist  

in linear elastic fracture mechanics between cracks 

inside a uniform material on one hand and cracks in 

interfaces between dissimilar materials on the other 

hand. It is needless to mention that in uniform 

materials the ratio of the mode I and mode II energy 

release rates depends on the geometry of the 

specimen and the external load. In particular, cracks 

can propagate under pure mode I conditions. In 

contrast to that interface cracks between dissimilar 

materials produce a mode II energy release rate in 

any case, independent of geometry and external 

loading. While in case of a uniform material the 

ligament of the crack may remain straight e.g. if it is 

a symmetry line, the interface between two different 

materials necessarily has to bend, because it never 

can be a symmetry line. Normal stresses are acting 

parallel to the interface in the vicinity of the 

interface. These are, for example, due to the 

different lateral contractions of the respective 

materials. As a result, shear stresses occur in the 

zone around the interface and in the interface itself.  

The normal stresses acting tangential to the interface 

cause a contraction or elongation, respectively, 

parallel to the interfaces when the crack forms 

allowing the different materials to deform without 
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restraining each other.  The deformation gives rise to 

a mode II energy release rate. 

3.2 Analytical treatment of interface cracks 

In uniform materials an analytical solution exist for 

the standard configuration, this is, a straight crack in 

an infinite plate (Griffith crack). The respective 

bimaterial case is much more complicated. In case of 

a straight interface crack several attempts were made 

to find an analytical solution. Williams was the first 

who solved the problem of an interface crack by 

applying his solution developed for the bimaterial 

wedge problem [17]. He found the classical 1/ r  

singularity also to be valid for interface cracks, 

however, a second term appears which is the sine of 

the logarithm of the distance to the crack tip [18]. 

This results in an oscillating singularity in the 

vicinity of the crack tip. This type of solution causes 

an interpenetration of the crack faces, indeed 

restricted to a very small zone next to the crack tip. 

However, the interpenetration violates a 

fundamental presumption, this is that at a  specific 

geometrical point, only one material point can be 

present at a time. As a result, the solution must be 

rejected from a pure mathematical point of view. In 

order to rescue the solution for the physical problem 

it is argued by several authors that the zone of 

interpenetration is so small that it has no meaning in 

a real interface crack problem because a crack in a 

real material never can be that sharp that the zone  of 

interpenetration could exist. From an engineering 

point of view this may be acceptable, from a 

mathematical it is not. Following Williams solution 

some further attempts were made, e.g. by England  

[19] and Rice [20,21], however, all of them could 

not get rid of the problem of an oscillating 

singularity.  

3.3 Analytical contact zone models 

Based on the idea of Malyshev and Salganik [22], 

Comninou developed a solution allowing a small 

contact zone near the crack tip [23]. With this 

assumption the problem of the oscillating singularity 

is overcome. The solution was later extended by 

Atkinson [24] and Gautesen and Dundurs [25]. The 

length of the contact zone depends on the elastic 

parameters of the two materials. In all technical 

relevant material combinations the zone is so small 

that again the question arises whether it is of 

physical relevance. A critical review about the work 

done so far in the field of interface cracks was given 

by Comninou [26].  

 

While for a crack in a uniform material the energy 

release rate can be decoupled into a mode I and 

mode II part, or equivalently, two independent stress 

intensity factors can be identified this is not possible 

in case of interface cracks. Here the stress intensity 

factors are coupled. Concerning the energy release 

rate this leads to the somewhat paradox consequence 

that - in a numerical solution - the ratio of the mode 

I and mode II energy release rate is depending on the 

length of the crack increment.. This was studied by 

Sun and Jih [27] by a finite element analysis of an 

interface crack in a large bimaterial plate. They 

show that the mode I vs mode II ratio decreases with 

decreasing ratio of the length of the crack increment 

vs the total length of the crack. They conclude that if 

the crack increment tends to 0 the mode ratio tends 

to 1. However, finite element analyses performed by 

the authors show that the mode ratio can even 

become smaller than 1 and there is no indication that 

the decrease of the mode I part ever will stop (to be 

published). From the results obtained so far it is to 

be expected that in the limit of a vanishing crack 

increment length the mode I energy release rate even 

completely vanishes. This would be in accordance 

with the contact zone solution by Comninou. The 

problem of the influence of the crack increment on 

the mode ratio and on the stress intensity factors was 

also studied by Beckert and Lauke [28] as well as by 

Mantic and Paris  [29]. 

 

The question arises if these mathematical 

phenomena are relevant for a physical problem, e.g. 

for a circumferential crack around a single fiber 

under transverse loading. On one hand there is a 

physical limitation of the crack increment length 

given by the structure of the material (at least the 

distance between neighbouring atoms) and by the 

limitations of continuum mechanics. On the other 

hand a stable crack not necessarily propagates fully 

continuous but, looked on a microscale,  rather goes 

step by step with phases of standstill in between. So 

the question if there exists a material specific crack 

increment, which is proposed by some authors, is 

still unanswered. However, we have to realise that 

the partitioning of the energy release rate in case of 

interface cracks is of limited significance.  
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4 Interfacial crack propagation in a 

unidirectional ply under transverse tension  

4.1 Finite element model 

The debonding of a fiber inside a lamina is 

investigated by analysing the energy release rate of 

an interface crack propagating circumferentially 

around the fiber. The unidirectional composite ply is 

idealised by a representative multi fiber volume 

element  comprised of a 12-fiber regular hexagonal 

array [10,11]. Linear elastic behaviour of both 

constituents is presumed. Plane strain conditions are 

applied because they are prevailing inside a 

composite material. Except of the free surfaces, 

where plane stress conditions are valid and the 

adjacent zone plane strain conditions are in good 

agreement with the conditions encountered in a 3D 

model. For the simulation of the  crack propagation 

fixed loads conditions are applied. 

4.2 Modified virtual crack closure method 

The method used for the calculation of the energy 

release rate is a slightly modified virtual crack 

closure method (VCC). In the classical VCC method 

the work necessary to (virtually) close the crack the 

displacements of the preceding increment are taken 

while the nodal forces are taken at the nodes which 

will open in the next step. That is, forces and 

displacements belong to different time steps. In 

general, if a sufficiently fine increment is used the 

discrepancies of the classical procedure are 

tolerable. If, however, the kinking of a crack is to be 

analysed the classical method fails in the moment of 

kinking. Because the crack abruptly changes its 

direction, the forces and the displacements do not fit. 

In order to avoid this discrepancy the method was 

modified in that forces and displacements of the 

same nodes were taken, this is, the forces before the 

crack extends by the next increment and the 

displacements developed during the respective crack 

increment. Obviously, forces and displacements  

belong to the same time step.  

4.3 Influence of the fiber volume fraction on the 

energy release rate 

A central question in analysing the debonding of a 

single fiber is how it is influenced by the fiber 

volume fraction. This is studied by varying the fiber 

volume fraction between 5% and 85%. In case of a 

low fiber content the interaction between the fibers 

is very small. Accordingly, the results are very 

similar to the case of a single fiber. 

4.4 Mechanical properties of fiber and matrix 

As very common in the analysis of fiber reinforced 

materials linear elastic material behaviour is 

presumed. In addition, a geometrical linear theory is 

applied, this is, small deformations are presumed. 

While the presumption of linear elasticity is in good 

agreement with the behaviour of the fibers, it is a 

rather strong simplification of the real behaviour of 

epoxy resins. At strains higher than 2% epoxy resins 

show a significant nonlinearity which is partly due 

to a nonlinear elastic behaviour and even more 

caused by a viscoelastic behaviour. As a result all 

the analyses based on linear elasticity should be 

regarded as first approaches in understanding the 

failure of fiber reinforced composites on the 

microscale. Still they give some valuable insight into 

the dominating elementary failure processes. 

4.5 Initiation of the interface crack 

Before the interfacial crack propagation can be 

analysed the moment of crack initiation has to be 

identified. This can be done in two different ways. 

The first way is to presume a small starting crack, 

e.g. a microdefect in the interface, and the external 

load is increased until the critical energy release rate 

of the fiber/matrix interface is reached. The second 

way, following Leguillon [30], is to predict the onset 

of debonding by a stress criterion. This procedure is 

chosen in the present paper by using a simple 

maximum stress criterion for the radial stresses. 

Since the resistance of the fiber-matrix interface 

against radial stresses is significantly lower than 

against shear stresses the failure is governed by the 

radial stresses. The highest radial stresses - 

presuming a regular hexagonal distribution of the 

fibers - develop in the central zone of the fiber 

surface, this is, where the fiber surface is 

perpendicular to the loading direction. 

 

The maximum tensile stresses do not appear exactly 

at the interface but in a small distance of some 

percent of the fiber diameter apart from the 

interface. With respect to the fact that the interface 

between fiber and matrix usually is weaker  than the 

matrix itself it is most likely that the failure starts in 

the interface. This is confirmed by experimental 
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observations of fracture surfaces where no matrix is 

found on the fibers in the respective region.  

 

The stress concentration in the center zone near the 

interface is caused by the high stiffness of the fibers 

compared with the matrix. With decreasing distance 

of the fibers, the stress concentration strongly grows. 

As a result, the debonding of individual fibers starts 

at rather low external loads in zones with small 

distances between the fibers. Since the fiber 

distribution in a real composite is not regular, even 

in case of moderate fiber volume fraction zones exist 

where the distances between the neighbouring fibers 

are very small. For the study of the influence of the 

fiber volume fraction on the energy release rate the 

crack initiation is assumed to occur at the same load 

level, this is at the same magnitude of the radial 

stresses in the interface (maximum stress criterion) 

in all cases under consideration. 

4.6 Energy release rate for interface cracks at 

various fiber volume fractions 

First we focus on a low fiber volume fraction, this is,  

5% (fig. 6a, green line). This is very close to a single 

fiber embedded in a pure matrix. The interface crack 

is initiated by pure radial stresses in the center zone, 

this is, at 0°. The crack is assumed to propagate 

simultaneously clockwise and counterclockwise. 

The abscissa of following figures represents the total 

crack angle. This is, a crack angle of 120° 

corresponds to a crack whose tips are positioned at 

+60° and -60°, respectively. Directly after crack 

initiation the energy release rate grows very fast 

reaching a maximum at about 120°. Then it 

decreases in a similar manner vanishing at 300°. The 

fast increase of the energy release rate in the first 

phase indicates that the crack propagation is very 

unstable.  

 

Experiments on single fibers loaded transverse to 

their axis show that the crack indeed propagates 

unstable. However at an angle of about 120° the 

crack stops. At first glance this would perfectly fit 

with the Griffith crack criterion, because after the 

maximum the energy release rate decreases, 

indicating stable crack propagation. However, 

during the unstable phase of crack propagation a 

large portion of surplus of energy was released, 

mainly in form of mechanical waves which is not 

covered by the Griffith criterion. These waves on the 

other hand can lead to crack propagation even 

though the energy release rate is decreasing. These 

findings show that the phenomenon of interfacial 

crack propagation cannot fully covered by linear 

elastic fracture mechanics under static conditions.  

 

The total energy release rate for different fiber 

volume fractions, normalised with respect to the 

maximum value, is shown in fig. 6a. With increasing 

fiber volume fraction the slope in the beginning 

becomes steeper and steeper and the maximum shifts 

to lower crack angles. In case of high fiber volume 

fractions (70%, 85%) the slope of the energy release 

rate becomes very high indicating that the debonding 

process becomes highly dynamic. 

  

The picture looks completely different if the 

absolute values of the energy release rate are 

observed (fig. 6b). The absolute values are strongly 

decreasing with increasing fiber volume fraction. 

This is one hand because the debonding takes place 

at lower external loads as a result of the higher stress 

concentrations. On the other hand it is due to the fact 

that the matrix volume which releases the main part 

of the energy becomes very small in case of high 

fiber volume fractions. Both effects in sum lead to 

the dramatic decrease of the energy release rate at 

high fiber volume fractions. 
 

5 Interface cracks kinking into the matrix 

Experimental observations of cracks in laminates 

show that, at a certain crack length, the interface 

crack kinks into the matrix and jumps to the next 

neighbouring fiber. The specific position of the 

crack tips in the moment of kinking depends on the 

geometrical configuration,  primarily on the distance 

to the neighbouring fiber.  

5.1 Interface crack kinking at 60° 

As first example an interface crack in a 30% fiber 

volume fraction composite is studied. The crack is 

assumed to propagate to the next neighbouring fiber 

at the shortest distance between the fibers, this is, at 

an circumferential angle of 60°. In the model chosen 

the crack propagates circumferentially in the 

interface in both directions in the first phase as 

analysed in the preceding example. When the crack 

has extended by 60° in clockwise as well as in 

counterclockwise direction the interface crack stops. 
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At the upper crack tip positioned at 60° the crack 

kinks into the matrix perpendicular to the interface 

(Fig. 7). The crack then propagates on a straight line 

towards the neighbouring fiber. The lower crack tip 

is fixed during matrix cracking.  

 

The analysis of the radial and tangential stresses in 

the vicinity of the crack tip, this is, outside the 

singularity dominated zone, shows that at an angle 

of 60° the radial stresses (normal to the interface) are 

very low compared with the stresses tangential to the 

interface. As a result the crack does not open in case 

of further propagation along the interface. Even 

though it is not clear up to now if the splitting of the 

energy release rate into mode I and mode II is of any 

physical relevance in case of interface cracks, the 

two parts are given here as dotted lines. The crack 

increment is identical with the one used for the 

kinked crack in the matrix.  

Due to the kinking into the matrix the crack tip 

comes under strong stresses perpendicular to the 

crack line, that is, the crack opens and a large mode I 

energy release rate develops (fig. 8). The mode II 

energy release rate almost vanishes in the first phase 

of the kinked crack. The total energy release rate of 

the kinking crack is much higher than for the 

interface crack.  

During further propagation the mode I part 

significantly decreases while the mode II part 

slightly increases. The total energy release rate 

declines which is due to a stress redistribution to the 

neighbouring zones as a result of the crack. That is, 

the zone ahead of the crack becomes more and more 

unloaded.  

5.2 Interface cracks kinking into the matrix at 

various positions  

The crack paths of a 90° ply inside a cross ply 

laminate observed in experiments show a variety of 

different angles where the crack kinks into the 

matrix and propagates to the neighbouring fibers. 

The angles where kinking occurs range from about 

30° up to almost 90° in cases where the fibers are 

very close to each other (fig. 1b). Angles smaller 

than 30° are not found in the transverse loaded ply.  

 

The total energy release rate for cracks kinking  at 

angles between 10° and 90° is shown in fig. 9 for a 

fiber volume fraction of 30%. In case of a crack 

kinking at 10° into the matrix the energy release rate 

exhibits a small peak directly after kinking and 

decreases with further extension of the crack. Except 

of the small peak the energy release rate is lower 

compared with a crack propagating in the interface. 

The question is if the peak is of physical relevance. 

In this respect we have to keep in mind that the 

kinking is a process which cannot be directly 

observed. Presumingly the kinking will not be a 

stable process but rather be highly dynamic as seen 

in the first phase of the interface crack. To answer 

this question a detailed study of the moment of 

kinking would be necessary.  

 

When the crack kinks at 20° the energy release rate 

is higher not only in the moment of kinking but also  

during following the phase. The energy release rate 

is of the same magnitude as in case of a crack further 

propagating along the interface. For cracks kinking 

at larger angels (30° to 90°) the increase of energy 

release rate becomes very high and remains on a 

high level during further matrix cracking.  

 

The question is at which position the crack would 

kink into the matrix in a real composite. Looking 

solely at the energy release rate the decision is clear, 

the crack would kink into the matrix if the energy 

release rate developing here is higher than in the 

interface. However, the fracture toughness of the 

interface usually is lower than that of the pure 

matrix. Accordingly, the position of kinking depends 

on the ratio of the fracture toughness of the 

fiber/matrix interface and the matrix itself. In 

addition, the dynamics of the crack propagation as 

well as nonlinear material behaviour influences the 

process. 
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Material E-Modulus 

[MPa] 

Poisson ratio 

fiber 72000 0.21 

matrix 2800 0.35 

Table 1. Elastic constants of glass fiber and 

epoxy matrix 

 

 
Fig. 1a Cross-ply laminate under uniaxial tension - 

transverse crack formation in 90° ply 
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Fig. 1b. Cross-ply laminate under uniaxial tension - crack 

formation in a 90° ply, detail 

 

 
Fig. 2a. Cross-ply laminate under transverse tension - 

fracture surface in a 90° ply 

 

 

Fig. 2b. Cross-ply laminate under transverse tension - 

fracture surface in a 90° ply, topographical view 

 

Fig. 2c. Cross-ply laminate under transverse tension - 

fracture surface in a 90° ply, height profile 

 

 
Fig. 3a Cross-ply laminate under mixed mode stresses 

under  tension perpendicular to plane and  shear 

transverse to fiber axes 

 

 
Fig. 3b Cross-ply laminate under mixed mode stresses - 

tension  perpendicular to plane, shear transverse to fiber 

axes, profile of transverse cut (red line in fig. 3a) 
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Fig. 4. Cross-ply laminate under mixed mode stresses - 

tension  perpendicular to plane, shear transverse to fiber 

axes, fracture surface in a 90° ply 

 

 

Fig. 5. Finite element mesh of a representative volume 

element of  a hexagonal fiber array 

 
energy release rate Gtotal - Vf 5% / 85% - tensile loading -  EVZ - normalised
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Fig. 6a. Total energy release rate during interfacial crack 

propagation, variation of fiber volume fraction, 

normalised to maximum total energy release rate 

 
Fig. 6b. Total energy release rate during interfacial crack 

propagation, variation of fiber volume fraction, 

normalised to maximum stress 
 

 
Fig. 7. Crack kinking from interface into matrix at 60°, 

transverse normal stress 

Energy release rate  - crack kinking at 60°
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Fig. 8. Mixed mode energy release rate for crack kinking 

from interface crack into matrix at  60° 
 

 

energy release rate Gtotal - Vf 5% / 85% - tensile loading
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Abstract 

 
Wind turbines are used widely to generate ‘clean’ 

electricity. However, wind turbine components and 

more specifically blades are suffering from various 
problems. One of them is fatigue. These wind blades 

are mainly manufactured using composite materials, 

and the present study investigates how their fatigue 

life could be prolonged by optimizing the fibre 
architecture.. 

 

Normally, ±45° dominated glass fibre-reinforced 
plastic (GFRP) layups are selected as skin materials 

due to their higher shear stiffness and toughness, 

which leads to the main focus in this paper. All the 
laminates have been manufactured by using the 

Vacuum bagging and the Resin Infusion Process. 

Tensile and torsion static test were performed to 

measure the stiffness and strength properties. A 
video extensometer was used to obtain the tensile 

stress-strain response in static tensile test, the Digital 

Imaging Correlation was employed to capture the 
strain field across the whole specimen gauge length 

and identify manufactured induced imperfections, 

‘hot spots’, that could trigger damage in the form of 
resin cracking and delaminations. Tension-Tension 

fatigue tests were performed to obtain the S-N 

curves in addition to more complex loads such as 

Tension-Torsion fatigue tests that can substantially 
reduce the fatigue life of the wind turbine blade.  

Results for three different ±45° dominated GRFP 

composite laminates are reported. 

 

Introduction  

 

Wind turbines have been used for generating 
electricity due to their green energy supply, 

relatively fast installation, and low operation, low 

maintenance cost, high technological maturity, good 
infrastructure that lead to cost competitiveness of 

such systems [1, 2]. Wind energy is expected to play 

an increasingly important role in the future national 
energy scene [1]. 

 

Composites are mainly chosen as wind turbine 
component materials because of their low density 

and excellent mechanical properties combination of 

strength and stiffness.  Also, composites in general 

demonstrate better fatigue properties than metals 
when used in blade construction. 
 

Wind turbine blade failures when in service are due 
to various complicated reasons. Table .1 lists some 

common factors that can cause such failures. As 

expected, the blade failure accounts for the most 
accidents and damage to the wind turbines of 23%, 

which in this paper will be analysed from the basic 

point of view of materials rather than structures. 

 

Factors Percentage  

Blade failure 23% 

Fire 19% 

Structural failure 12% 

Fatal accidents 9% 

Environmental damage 9% 

Transport 6% 

Human injury 5% 

Ice rainfall 4% 

Other 13% 
Table .1 Failure types of wind turbine accidents [3]. 

 

A typical wind turbine blade when in service is 
subject to flexural bending that induces tensile and 

compressive stresses and torsion that leads to 

development of shear stresses. Beside these, the 

wind blade must endure several orders of magnitude 
more cycles of fatigue loading than an aircraft, 

which makes wind turbines fatigue critical 

Fatigue behaviour of ±45° dominated glassfibre/epoxy 
composite laminates used in wind turbine blades 
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structures. In this paper, the tension fatigue loading 

and the combination of tension and torsion loading 

are of main concern.  
 

In order to obtain the fatigue failure pattern and 

fatigue life both for T-T(Tension-Tension) and T-
Tor (Tension-Torsion), static and fatigue tests were 

performed for three different ±45° dominated GFRP 

composite laminates, which are [±45°] 4s, [±45°/0°] 

2s, [±45°/90°/0°] 2s respectively. Static strength and 
stiffness properties of these layups were obtained. 

 

Experiments 
  

Specimen preparation 

 
All the ±45° dominated GFRP composite laminates 

were produced from with non-crimp E-glass fabric 

and epoxy resin, using Vacuum Bagging technique 

and Resin Infusion Process. The chosen layups are 
[±45˚]4s,[±45˚/0˚]2s,[±45˚/ 90˚/0˚]2s  which is shown 

in Figure .1. The Vacuum Bagging and Resin 

Infusion System are illustrated in Figures .2 and 3. 
 

 

 
Bi-axial fabric      Tri-axial fabric        Quad-axial    

 
Fig .1 Selected layups (90°& 0° in the quad-axial fabric 

were rotated from the bi-axial fabric) . 

 

 
Fig .2 Illustration of vacuum bagging [4].  

 

 

 
Fig .3 Illustration of resin Infusion System [5]. 

  

 
Mechanical testing 

 

The mentioned quasi-static and fatigue tests were 
both performed on Instron Machines located in the 

Northwest Composite Centre, University of 

Manchester. For T-T fatigue test, load control was 
chose with a stress ratio R=0.1, according to ASTM 

standards. The testing frequency was chosen to be 

2Hz since when higher frequency is applied the 

temperature of specimen surface is increased 
dramatically within few minutes. For T-Tor 

(tension-torsion) fatigue, angle control instead of 

torque control was chosen in the rotary aspect, the 
torsional amplitudes were 36°, 27°, 18°, and 9°, 

respectively. Finally, the Tor-Tor fatigue test differs 

from the other two since the specimen doesn’t break 
into two parts, but delaminates extensively. Thus, a 

50% drop in torque (indicated reduction in torsion 

rigidity) was defined as ultimate failure and ending 

the tests. 
 

Torsion static tests 

 
Figure .4 shows a typical static torsion testing. 

Loading-unloading testing procedure was chosen to 

be performed since there is no specific ASTM 

testing standard for the static torsion test. The 
specimen was twisted up to a maximum angle at a 

constant rate of 0.5 deg/s and then unloaded. The 

value of the applied twisting angle was increased 
gradually from 9° to 18°, 27°, 36° and 45°. In 

addition, a certain constant tensile load was applied 

during the torsion loading-unloading procedure. The 
torsional rigidity can be calculated from equations 

(1) and (2). 

+45°  

-45°  0°  
90°  
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Fig .4 Typical static torsion test in process. 

 

Torsional rigidity, GJ [6] 
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tM
= Torque 

   = twist angle (rad) per unit length   
      (ω= πθ/180)  

        L= length of coupon (between grips) 

 b = width of coupon  
  h= thickness of coupon  

zxxy GG /
= In-plane and out-of-plane shear moduli 

    

 

DIC technique 
 

In mechanical testing of structural materials usually 

electrical strain gauges or clip gauges are used to 
measure specimen deformation. Such measurements 

give strain at a point or average strains with the 

danger of debonding or movement of the gauge. One 

of the strain acquisition methods, which became 

widely applied in recent years due to development of 

PC computers and devices [7, 8], is Digital Imaging 

Correlation (DIC). This is a full-field image analysis 
method based on grey value digital images that can 

obtain the surface contour and displacement 

information of an object. Prepared with stochastic 
intensity pattern on the specimen surface, the 

position of each point in series of image can be 

identified by applying a correlation algorithm.  

Figure .5 shows image correlation as a displacement 
mapping technique, which the two images obtained 

at different strains are divided into sub-regions. 

 
The simplified correlation algorithm is defined as  

 

x*=x+u+(әu/әx)dx+(әu/әy)dy 

y*=y+v+(әv/әx)dx+(әv/әy)dy                    (3) 

 

point (xi,yj)is undeformed and point(xi*,yj*)is 

deformed: u and v are translations of the centre of 
the sub-image in the X and Y directions. The 

distances are denoted by dx and dy. 

 

 

 
Fig .5 Image correlation as a displacement mapping 

technique [9]. 

 

In this paper, the DIC technique was used to 
measure the strain field for three laminates under 

Specimen  

2
0
0
m

m
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tensile loading. The specimen was speckle sprayed 

and more than 500 photos for each laminate were 

taken by high-speed camera.  This correlates the 
displacement of speckle to the strain on the surface 

of the specimen. Figure .6 shows specimens with 

speckles which were ready for DIC analysis. 
 

 

 
Fig .6 Specimens speckled with white & black paints. 

 

 

 

Results& discussion 

 

Torsion static results 

Torque-Angle curves were generated from the 
loading-unloading processes which are shown in 

Figure .7. Hysteresis loops are apparent during the 

loading-unloading process. According to equation 
(1), the slope of torque-angle curve stands for the 

torisonal rigidity, which decreased apparently with 

the twist amplitude. The GJ(torsional 

rigidity)calculated from the Torque-Angle curves for 
the three different ±45° dominated GFRP composite 

laminates are shown in Figure .8 for both axial load 

P=0 (pure static torsion) and P= 50% σult (50% σult 

were applied in addition of static torsion load). From 

observations, the [±45˚] 4s shows best GJ in static 

torsion load, [±45˚/0˚] 2s shows best GJ in combined 
loads. Also, increase of GJ (torsional rigidity) with P 

(tensile axial load) is dependent on the amount of 0˚ 

fibres.  

 

 

 
Fig .7a Torque-Angle curves of [±45˚] 4s laminate. 
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Fig .7b Torque-Angle curves of [±45˚/0˚] 2s laminates. 

 
Fig .7c Torque-Angle curves of [±45˚/ 90˚/0˚] 2s laminates. 

 

 
Fig .8 Torsional rigidities for ±45° dominated GFRP 

composite laminates under static torsion tests. 
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DIC results 

 

Hundreds of photos were taken for each laminate 
under tensile test and the displacement information 

had been correlated to the strain concentration 

information within the gauge area. Figure .9 lists all 
the strain distribution for three ±45˚ dominated 

GRFP composite laminates under tensile tests. 

 

From Figure .9a we can see that the higher strain 
concentrated in the gauge length area on both 

±45°direction and final failure occurred at the 

maximum strain area with highlighted mark. In 
addition, the laminates experienced large elongation 

during test which shows ductile fracture behaviour.  

 
For Figures .9b and c, the high strain occurred in 

gauge area dispersedly and the final failure fractured 

at the maximum strain spot area although hadn’t 

been concentrated in certain large area. Both 
[±45˚/0˚] 2s and [±45˚/ 90˚/0˚] 2s laminates shown 

brittle fracture behaviour since they experienced 

quite small amount of elongation. 
 

  

 
(i)0KN       (ii)7.7KN    (iii)12.7KN (iv)13.5KN  (v)0KN 

 

Fig .9a DIC images of strain distribution for a [±45˚] 4s 
laminate loaded in tension. 

 
(i)0KN       (ii)21.7KN (iii)43.2KN(iv)52.1KN (v)0KN 

 

Fig .9b DIC images of strain distribution for a [±45˚/0˚] 2s 

laminate loaded in tension.  

 

 
(i)0KN        (ii)13.8KN   (iii)29KN    (iv)34.3KN  (v)0KN 

 

Fig .9c DIC images of strain distribution for a [±45˚/ 

90˚/0˚] 2s laminate loaded in tension. 

 
Typical laminates failure 

 

Different failure patterns and failure areas for the 
three ±45° dominated GFRP composite laminates 

are shown in Figure 10. It can be observed that 

[±45˚/0˚]2s and [±45˚/ 90˚/0˚]2s experienced 

explosive failure in the middle of the gauge length, 
while the [±45˚]4s failed when loaded under static 

tension or T-T fatigue but it didn’t separate into two 

parts. For the T-Tor fatigue failure, almost complete 
delamination happened along the entire specimen, 

whereas the delamination was more localised under 

T-T fatigue. 
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                Static tension   T-T            T-Tor  

Fig .10a Typical final failure of [±45˚] 4s laminates. 

 

              
              Static tension  T-T   T-Tor  
Fig .10b Typical final failure of [±45˚/0˚] 2s laminates.  

 

              
             Static tension  T-T        T-Tor  

Fig .10c Typical final failure of [±45˚/ 90˚/0˚] 2s laminates  

 
 

S-N curves 

 

S-N curves were generated from long term T-T 
fatigue tests for ±45° dominated GFRP composite 

laminates and are shown in Figure.11. From 

observations, the T-T fatigue properties of 
[±45˚]4s,[±45˚/0˚]2s,[±45˚/ 90˚/0˚]2s  laminates begin 

to show a remarkable Nf decrease when cycled at 

45% , 40%, 35% of ultimate static strength, 

respectively. 
 

 
Fig .11 T-T fatigue of ±45˚dominated laminates. 

 
The combinations of T-Tor (Tension-Torsion) 

fatigue load were applied as well. The S-N curves 

are illustrated in Figures .12-a, b, c for [±45°] 4s, 

[±45°/0°] 2s, [±45°/90°/0°] 2s respectively. Basically, 
the torsional cyclic load has reduced the fatigue life 

in certain stress level for all three laminates.   

 

 
Fig .12a T-Tor &T-T fatigue of [±45˚]4s laminates. 
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Fig .12b T-Tor &T-T fatigue of [±45˚/0˚]2s laminates. 

 

 
Fig .12c T-Tor &T-T fatigue of [±45˚/ 90˚/0˚]2s laminates. 

 

 
From observation, [±45˚] 4s laminates shows the 

most decrease in fatigue life for T-Tor cyclic 

loading, and [±45˚/ 90˚/0˚] 2s shows the least in the 

contrast.  According to Figure .12-a and b, torsional 
cyclic load has diminished the fatigue limit of T-T s- 

N curves for the [±45˚]4s laminate and [±45˚/0˚]2s 

lamintes, and this feature is rather distinct for the 
[±45˚]4s laminates. Whereas, the fatigue limits of T-

Tor S-N curves maintain the original trend of T-T S-

N one  for [±45˚/ 90˚/0˚]2s laminates.  
 

In addition, the reduced fatigue life strongly depends 

on the twist angle, which needs further data analysis 

to transfer the angle information to shear stress and 
correlation this stress information and reduce fatigue 

life. 

 

 

Conclusion 

 
All the ±45° dominated GFRP composite laminates 

fracture within the gauge length under tensile 

loading. The [±45˚/0˚] 2s and [±45˚/ 90˚/0˚] 2s  

laminates showed brittle like fracture behaviour, 

whereas the [±45˚]4s laminates fracture in a more 

ductile behaviour. The [±45˚] 4s laminates show the 

best GJ (torsional rigidity) when loaded statically in 
torsion only, while the [±45˚/0˚] 2s laminates show 

best GJ under biaxial loading. Under T-T cyclic 

loading conditions, the [±45˚/0°] 2s laminates 
perform best in fatigue. The torsional cyclic load has 

diminished the “fatigue limit” of T-T S-N curves for 

[±45˚] 4s laminates. The T-Tor S-N curves of 
[±45°/90°/0˚] 2s laminates maintain the original trend 

of T-T fatigue properties .The reduced fatigue life 

depends on the applied twist angle 

 

Future work 

 

In the next stage of our research, focus will be on 
accomplishing the Tor-Tor fatigue tests to get the 

pure torsional fatigue properties. In the meantime, 

the data analysis and stress calculation need to be 

put into main concern  to quantify the influence of 
torsional cyclic load on T-Tor S-N curve, and also in 

order to specify the role of 0° and 90° layers in the 

damage pattern for ±45° dominated composite 
laminates. Besides, much work on the fatigue model 

is necessary to identify a suitable failure criterion to 

predict the fatigue life. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Weight reduction and cost reduction are the main 
issues to be improved for all the launcher structures.  
JAXA is now studying the system concept for the 
next flagship launcher [1] which will be alternative 
to the existing H-IIA and H-IIB, in which it is 
necessary to get international competitiveness of 
launch capability and cost.  In structural technical 
field, increasing application of composite structures 
is considered to be the most promising approach to 
reduce the structural weight and cost. 
Composite lattice structure is the structural concept 
which consists of helical and hoop ribs intersecting 
each other in a regular pattern.  Under compressive 
and bending load, helical ribs are the main load 
carrying path using their unidirectional properties, 
and out-of-plane deformation of helical ribs are 
supported by hoop ribs by their unidirectional tensile 
properties, so it is very efficient structural concept 
for composite structure using under such loading 
conditions. 
The purpose of this study is to develop a low-cost 
manufacturing process of composite lattice structure, 
and to investigate the mechanical properties and 
buckling properties using the large-size 
manufacturing demonstrator. With experimental and 
analytical approach, to establish the design and 
manufacturing guideline is also the future goal of 
this study.  
Usually, the building block approach is adopted for 
such activities, especially in the field of aerospace 
applications. But we think it more efficient and 
reasonable for us to manufacture a full scale 
demonstrator to evaluate the design and analysis, 
properties of the material, and manufacturing 
method. From this point of view, we choose this 
approach in this study. 
 

2 Experiment 

2.1 Design 

The design load was set at 1500 kN compression 
which was typical for upper stage structure of large 
launchers.  We chose simple cylindrical shape for 
the demonstrator with diameter of 2.5 m and length 
of 2.0 m as shown in Fig. 1.  For this design 
situation, we applied the numerical design procedure 
to decide the number of helical and hoop ribs, and 
the thickness and the width of the ribs to minimize 
the mass of cylindrical lattice shell, which was 
described in other studies [2].   
For the preliminary design, three constraint 
equations were to be considered which described the 
critical global buckling force of the shell, Pc, the 
critical local buckling force of helical ribs, Pl, and 
the critical force due to the compressive strength of 
helical ribs, Ps : 
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The considered objective function was the mass of 
the shell M that could be expressed as: 
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where, H is the rib thickness,  is the helical angle to 
the shell axis, E is the modulus of elasticity of ribs, 
ah and ac are the distance of helical and hoop ribs, bh 
and bc are the width of helical and hoop ribs, R and L 
are the shell radius and height, k is a buckling 
coefficient,   is the compressive strength of helical 
ribs, h and c are the mass densities of helical and 
hoop ribs, respectively. 
Fig. 2 shows the design parameters of the lattice ribs. 
We decided the design variables to minimize M in 
the range where Pc, Pl and Ps were larger than the 
design compressive axial load, P. 
Finally, the values represented in Fig. 3 were set for 
the demonstrator.  In this design, the weight of this 
structure was predicted about 32 kg. 
 

Fig. 1.  The dimension of demonstrator. 
 
 

Fig. 2.  Design variables of the ribs. 
 

Radius R 1250mm

Hight L 2000mm

Number of hoop ribs Nc 15

Number of helical ribs Nh 71

Helical rib angle  21.4deg

Distance of hoop ribs ac 142.9mm

Distance of helical ribs ah 104.4mm

Width of hoop ribs bc 5.7mm

Width of helical ribs bh 4.7mm

Rib thickness H 10mm
 

Fig. 3.  Design variables set for the demonstrator. 
 

2.2 Manufacturing 

In order to decide the manufacturing process for full 
scale demonstrator, it was essential to understand the 
impact of the process on its strength and stiffness, 
especially of the intersecting point of the helical and 
the hoop ribs.  So in the first step, we conducted 
some trial fabrication for smallest repetitive unit of 
lattice shell.  Basically, we tried some prepreg-based 
processes and wet winding processes, and compared 
them by compressive tests and CT inspections.  As a 
result, we chose the wet winding process for the full 
scale demonstrator, which was considered to be the 
most well-balanced in the quality and manufacturing 
cost.  The test piece fabricated by the wet winding 
process trial is shown in Fig. 4.  There was almost 
no void formation observed in the result of CT 
inspection for the intersecting point of the ribs in this 
test piece, which is shown in Fig. 5.  
The most important issue for manufacturing this 
structure is how to make a flat surface at the rib 
intersecting point without misalignment of the fibers.  
Fiber misalignment or buildup around the rib 
intersecting point is undesirable for the structure, 
because such phenomenon leads to significant loss 
of strength and stiffness. From this point of view, we 
used silicon rubber blocks as the expansion tooling, 
which provide lateral compaction of the ribs during 
cure.  The image of the expansion tooling is shown 
in Fig. 6.  As a result, we could prevent a buildup at 
the intersecting points as shown in Fig. 4. 
The low-cost aspects of the manufacturing process 
developed in this study are shown below: 
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 The mandrel was built in a simple and low-cost 
design by steel frame and steel skin plate 
assembled by welding, shown in Fig. 7. 

 The mandrel was also used as the curing tool 
when heated from inside the mandrel, so that no 
autoclave or conventional oven were needed for 
curing process. 

 Low-cost commercial-grade carbon fiber and 
matrix resin were used instead of conventional 
aerospace-grade, and also, no prepreg was used 
because of the wet winding process. 

 The winding process was continuous and one-
way in the semi-automatically controlled 
trajectory. In the winding process, carbon fiber 
tows were self-located in the grooves between 
silicon rubber blocks and kept in the accurate 
position restricted by the blocks, which lead to 
the efficiency of the process. The winding 
process is shown in Fig. 8. 
 

Manufacturing result of the demonstrator is shown 
in Fig. 9.  The weight of this structure was about 30 
kg which met for our target. 
 

Fig. 4.  The trial test piece for wet winding process. 
 
 
 

 

Fig. 5.  CT inspection for wet winding process. 
 
 

Only vacuum bagging

Silicon blocks
(Expansion Tooling)

Rib Rib

 
Fig. 6.  Image of the expansion tooling. 

 
 

Fig. 7.  The low-cost mandrel for the demonstrator. 
 

Rib intersection 
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Fig. 8.  The winding process. 
 
 

 
Fig. 9.  The full-scale demonstrator. 

 
 

2.3 Unit tests 

In combination with the full scale demonstrator, we 
also manufactured the partial cylindrical piece which 
is about one-sixth of a cylinder as shown in Fig. 10.   
Using this part, we conducted some compressive 
tests and 4 point bending tests for helical ribs.   
The compressive test specimens included two types 
which were with and without rib intersecting point 
(knot) as shown in Fig. 11. Each test specimen was 

20 mm for gage length, and stainless tabs of 50 mm 
length were fixed by adhesive and fasteners on both 
ends. The result of the tests for ribs without knot is 
shown in Fig. 12, and for ribs with knot is shown in 
Fig. 13. These results show that compressive 
strength and stiffness of ribs are higher than the 
values used in the preliminary design (Axial 
stiffness is 80 GPa and compressive strength is 450 
MPa), but the compressive strength of ribs with knot 
show significant decrease.  So we evaluated the fiber 
volume fraction of the ribs by microscopic 
observation.  The results of Vf were about 30% for 
ribs, and about 60% for intersecting point as shown 
in Fig. 14.  This value was reasonable compared 
with other studies, but there were some voids in the 
intersecting point.  So this may cause the decrease of 
compressive strength.   
The 4 point bending test specimens were cut out 
from helical ribs without knot, which dimension is 
shown in Fig. 15. Test results for flexural stiffness is 
shown in Fig. 16 and for flexural strength is shown 
in Fig. 17. These results shows that flexural stiffness 
is lower than compressive stiffness, on the other 
hand flexural strength is higher than compressive 
strength.  
We also conducted the compressive tests for the 
smallest repetitive unit shown in Fig. 18.  It shows 
the in-plane buckling is the critical mode, so the rib 
width and axial stiffness are the critical parameters. 
 

 

Fig. 10.  Partial cylindrical piece. 
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Fig. 11.  The compressive test specimens. 
 

0

5

10

15

20

25

30

1 2 3 4 5

Fr
ac
tu
re
 lo
ad

 (k
N
)

Sample No.

Fracture load of test article 1 (Rib without knot)

Mean Standard deviation
Axial stiffness 84.7 GPa 2.9 GPa
Compressive strength 529.2 MPa 42.0 MPa

Fig. 12.  Test results for ribs without knot. 
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Fig. 13.  Test results for ribs with knot. 
 

Average of fiber volume fraction

Helical Helical Hoop Hoop IntersectionIntersection

Helical ribs 31.1 ~ 35.9 %
Hoop ribs 30.7 ~ 32.4 %
Intersections 57.6 ~ 59.7 %

Fig. 14.  The fiber volumetric fraction. 
 

 

 
 

Fig. 15.  The 4 point bending test specimen. 
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Fig. 16.  Flexural stiffness of the ribs. 
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Fig. 17.  Flexural strength of the ribs. 
 
 

    
Fig. 18.  Repetitive unit test and buckling mode. 

 
 

2.4 Modal testing and analysis 

Before the full-scale compressive test, we conducted 
the modal test and analysis to confirm the dynamic 
characteristics of the lattice structure. Test method 
was the impact hummer test to evaluate the vibration 
property and stiffness of the lattice structure. 
The first and second vibration mode of the test is 
shown in Fig. 19 and Fig. 20, respectively. These 
low-frequency modal shapes were the 
circumferential mode.  
In the analysis, the first and second vibration mode 
were the same as the test result, but the natural 
frequencies were slightly lower than that, as shown 
in Fig. 21 and Fig. 22. This result means that the 
structural stiffness of the demonstrator is higher than 
that of analytical model. 

 

Fig. 19.  First mode of the test. 
 
 

Fig. 20.  Second mode of the test. 
 
 

Fig. 21.  First mode of the analysis. 
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Fig. 22.  Second mode of the analysis. 
 
 

2.5 Full scale test 

2.5.1 FEM analysis for the test 

FEM analysis was conducted for the full-scale test 
configuration of the demonstrator in the purpose of 
predicting the buckling load and buckling shape in 
the test. The analysis tool we used was ANSYS14.0, 
modeled by SOLID185 elements. Full view of the 
analysis model is shown in Fig. 23. Each layer of the 
rib was modeled as shown in Fig. 24. 
The first buckling mode of the analysis result is 
shown in Fig. 25 in which the buckling load is 427 
kN. The buckling load of this mode was 
significantly lower than that of preliminary design 
formulation represented as (1), because it showed 
the non-axisymmetric shape. 
On the other hand, first axisymmetric mode which is 
shown in Fig. 26 is the 251st mode in which the 
buckling load is 1080 kN, that is near to the result of 
formulation (1). 
From this analysis results, it was predicted that the 
global buckling of the test would occur at 427 kN 
compression in the non-axisymmetric mode, which 
shape was “spiral buckling” mode. This spiral 
buckling mode was different from typical non-
axisymmetric mode of  “double sine mode”. 
Double sine mode is the typical non-axisymmetric 
mode, in case there is no imperfection or anisotropic 
characteristics, as shown in Fig. 27. It could depend 
on the manufacturing or loading imperfection of the 

demonstrator which type of buckling pattern would 
occur. 
 

Fig. 23. Full view of the analysis model. 
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Fig. 24.  Modeling of ribs. 
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Fig. 25.  First buckling mode (spiral shape). 
 
 

 
Fig. 26.  Axisymmetric buckling mode (251st). 

 
 

 
Fig. 27.  Typical buckling pattern of double sine. 

 
 

2.4.2 Test result 

Full-scale compressive test for this demonstrator 
was conducted to check the global stiffness and 
buckling load.   
The test equipment is shown in Fig. 27.  The upper 
bound of the demonstrator was fixed to the upper 
structure by bolted joints, and the lower bound of the 

demonstrator was fixed to the loading structure.  The 
loading structure was lifted up by the hydraulic jack 
which was set on the center of the axis. The upper 
structure was supported by 8 support posts which 
was fixed to the base structure, then compression 
was loaded to the demonstrator.  Fig. 28 shows the 
full view of the test. 
In this test, we measured 208 points of rib strains, 20 
points of displacements, and compressive force of 
load cell. 
The load-displacement curve measured in the test is 
shown in Fig. 29. The global stiffness of the test was 
178 kN/mm, while FEM analysis result was 153 
kN/mm. The global stiffness of the test was slightly 
greater than that of FEM analysis, so the 
manufacturing quality seemed fine in the global 
point of view, and the modeling of this lattice 
structure was verified. 
In this test, global buckling was occurred at 420 kN 
of compressive load. The first buckling mode of 
FEM analysis was 427 kN, so they showed rather 
good agreement between the analysis and the test 
result. 
The buckling was occurred at rather narrow region 
of the circumference of the shell, as shown in Fig. 
30. This was probably in conjunction with normal 
manufacturing or loading imperfections. 
After the global buckling occurred, the fracture in 
some ribs were immediately happened. The rib 
fracture distribution is shown with red marker in Fig. 
31. This fracture in the ribs were thought to be an 
immediate effect of this buckling failure and the 
consequent loading redistribution. The important 
point was that the fractured helical ribs were 
distributed inclined along the cylinder, which 
seemed to show good agreement with the buckling 
mode shape of the spiral buckling pattern in the 
FEM analysis, rather than double sine pattern. So in 
this demonstrator, the spiral buckling mode was the 
critical mode for compressive loading. 
The typical strain data is shown in Fig. 32 for helical 
ribs and Fig. 33 for hoop ribs. For helical ribs, 
average strain (axial compressive strain) was smaller 
than the analysis result, and bending strain was 
much larger than the analysis result. For hoop ribs, 
average strain (axial tensile strain) showed good 
agreement with the analysis, but bending strain was 
also much larger than the analysis result. The hoop 
ribs seemed to be effective because they showed the 
strain level as predicted. 
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This data also shows that the local buckling of 
helical ribs and hoop ribs occurred ahead of the 
global buckling. This local buckling mode seemed to 
be the rotational mode around the rib intersecting 
point. So this local buckling mode and the larger 
bending stress of the ribs were considered to be the 
result of insufficient stiffness of rib intersecting 
point (rotating stiffness). 
 
 

Hydraulic jack and load cell

Support post

Upper structure

Base structure

Loading structure

Fig. 27.  The test equipment. 
 
 

Fig. 28.  The full view of the test. 
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Fig. 29.  The load-displacement curve of the test. 
 
 

Buckling occurs mainly 
in this region by non‐
axisymmetric shape.

Fig. 30.  The global buckling of the shell. 
 
 

Fig. 31.  The distribution of fractured ribs. 
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Fig. 32.  Typical strain data of helical ribs. 
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Fig. 33.  Typical strain data of hoop ribs. 
 
 

3 Conclusion 

The possibility of applying low-cost composite 
lattice structures for launcher structure is shown in 
this study by manufacturing the large scale 
demonstrator and conducting some element tests and 
full-scale tests with analytical approach. 
The low-cost manufacturing process based on the 
wet winding method was developed, and it was 
proven that the process we set were suitable for this 
structure, and the mechanical properties were 
successfully evaluated. 
Then the vibration properties and buckling 
properties were tested by full-scale demonstrator, 
and analytical approach by FEM is verified. 
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1 Introduction  

Carbon fibers, which have high specific strength and 

stiffness, are the main stream of reinforcement of 

composites used for light-weight structural 

components. Carbon nanotubes (CNT) are 

anticipated to exceed the mechanical properties of 

carbon fibers. Growing continuous CNT, however, 

has limitation so far, and thus it is difficult to use CNT 

as structural components. In order to resolve the 

problem, spinning of CNTs have been investigated 

[1-2]. However, the basic mechanical properties of 

CNT spun yarn and its composite have not been 

clarified yet. 

In this study, tensile tests of CNT spun yarn 

reinforced composite were conducted and mechanical 

properties were obtained to investigate the 

mechanical behavior of CNT spun yarn reinforced 

composite.  

 

2 Materials 

Multi-walled carbon nanotubes (MWNTs) used in 

this study were grown on a quartz glass plate with 

chemical vapor deposition using C2H2 and FeCl2 as a 

base material and a catalyst, respectively [3]. 

MWNTs on a substrate look like a head of a tooth 

brush, and thus called a MWNT array. Figure 1 shows 

a MWNT array. MWNTs are contracted by Van der 

Waals’ force during drawing process from a CNT 

array. Figure 2 shows a schematic and photograph of 

drawing a MWNT spun yarn. The MWNT length was 

about 1 mm and the diameter was about 50 nm. Figure 

3 shows a SEM image of a spun yarn. The yarn 

diameter was about 45 m. The twist angle is defined 

as the angle between the yarn axis and the outermost 

fiber direction. 

Room temperature cured epoxy (Bisphenol-A type, 

Nisshin Resin Z2/H07) was used for composite 

specimens. 

 

 
Fig.1 MWNT array 

 

 
 

(a) Schematic of drawing a spun yarn 

 

 
(b) Drawing of a spun yarn 

Fig.2. Drawing of MWNT spun yarn 
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Fig.3. SEM image of a spun yarn 

 

3 Tensile Test of MWNT Spun Yarn 

Specimens for tensile tests were prepared as shown in 

Fig.4. The both ends of spun yarn were glued onto a 

paper mount with a slight tensile force. The gauge 

length was 15mm. After the specimen was gripped, 

the paper mount was cut and tensile tests were 

conducted at 1mm/min of the cross head speed. 

Displacement was measured by a noncontact 

extensometer. Figure 5 shows typical stress–strain 

curves of tensile tests. Each lot showed different 

stress–strain behavior because the twist angle had 

strong influence on it.  

A yarn with =21° had high strength but small 

elongation, whereas a yarn with =40° had low 

strength but large elongation. A yarn with =30° 

showed intermediate behavior between with =21° 

and 40°. 

Figure 6 shows the variations of Young’s modulus 

and tensile strength with twist angle. Young’s 

modulus was defined in the range of = 0.25–0.5%. 

They strongly depended on the twist angle. They had 

the maximum values around 20°~25°. Higher angle 

of MWNT spun yarn caused lower strength and 

Young’s modulus.  

 

 
Fig.4. Tensile specimen of MWNT spun yarn. 

 
Fig.5. Typical stress-strain curves of  

MWNT spun yarn. 

 

 
(a) Young’s modulus 

 

 
(b) Tensile strength 

Fig.6. Effect of twist angle on mechanical 

properties. 
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Figure 7 shows SEM images of fracture portions of 

MWNT spun yarns. Similar fracture morphology was 

observed for each specimen. In the fracture portion, 

pullouts of MWNT fibers and fiber bundles were 

observed.  

 

 
(a) =17° 

 

 
(b) =21° 

 

 
(c) =29° 

 

 
(d) =39° 

Fig.7. SEM image of fracture portion of MWNT 

spun yarn. 

 

Figure 8 shows a typical cyclic stress–strain curve of 

spun yarns, where the maximum load for each cycle 

was increased incrementally. Nonlinearity and 

hysteresis were clearly observed.  

These results imply that slippage among MWNT 

fibers is probably the reason of the tensile fracture. 

 

 
Fig.8. Typical cyclic stress–stain curve. 

 

4 Fabrication of MWNT Yarn Reinforced Epoxy 

Composite specimens using MWNT spun yarns were 

fabricated by using a pultrusion technique with seven 

yarns as shown in Fig.9. The epoxy matrix was cured 

at room temperature for 72 hour. The tensile load was 

controlled by changing the dead weight from 10–30g. 

Figure 10 was an optical micro scope image of the 

composite cross section.  
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The fiber volume fraction was estimated using the 

following expression. 

 

𝑉𝑓 =
𝑉𝑀𝑊𝑁𝑇

𝑉𝑐𝑜𝑚𝑝
=

𝐴𝑦𝑎𝑟𝑛

𝐴𝑐𝑜𝑚𝑝
∙
𝜌𝑦𝑎𝑟𝑛

𝜌𝑀𝑊𝑁𝑇
  (1) 

 

where yarn is the density of yarn, comp is the density 

of MWNT, yarn is the density of yarn, and MWNT is 

the density of MWNT. MWNT is assumed to be 2.1 

g/cm3. The fiber volume fractions of MWNT spun 

yarn were about 19.7–25.5%. Figure 11 shows the 

relationship between the dead weight and fiber 

volume fraction. It is found that applying tensile load 

during cure is an effective way of increasing the fiber 

volume fraction. 

 

 
Fig.9. Fabrication of composite specimen. 

 

 

Fig.10. Optical microscopic image of cross section 

of MWNT spun yarn. 

 
Fig.11. Fiber volume fraction vs. Dead weight 

during cure 

 

5 Tensile Test of MWNT Yarn Reinforced Epoxy 

The specimen shape and tensile test conditions were 

the same as those for spun yarns. Figure 12 shows the 

typical stress–strain curves of epoxy composites 

fabricated by using a pultrusion technique. The 

stress–strain curves of the composite were almost 

linear whereas those of spun yarn were nonlinear as 

shown in Fig.5. Note that the tensile modulus and 

strength of composites are higher than those of yarn. 

The maximum tensile strength and Young’s modulus 

were 485MPa and 53GPa, respectively. The 

maximum tensile strength was about 6 times as high 

as the resin strength, and Young’s modulus was about 

20 times as high as the resin modulus. 

 

 
Fig.12. Typical stress–strain curves of  

MWNT spun yarn reinforced composites. 
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Young’s modulus and tensile strength are plotted as a 

function of the fiber volume fraction in Fig. 13 and 

Fig.14.  The increase in fiber volume fraction resulted 

in the increase in the Young’s modulus and tensile 

strength, thought the linear regressions in Fig. 13 and 

14 seemed not to be appropriate. The deviation from 

the linear regression was contributed by the fiber 

angle change caused by tensile load during cure. 

 

 

 
Fig.13.  Young’s modulus vs. Fiber volume fraction. 

 

 

 
Fig.15.  Spring constant vs. Dead weight 

 

Figure 15 shows the relationship between the stiffness 

(i.e. spring constant) of composites and the dead 

weight, and Fig. 16 shows the relationship between 

the fracture load and the dead weight.  Remember that 

the number of yarns used for composite specimens 

was unchanged. Thus Figs. 15 and 16 means that the 

dead weight contributed to change the fiber angle 

toward the fiber axis as well as to increase the fiber 

volume fraction. 

 

 
Fig.14.  Tensile strength vs. Fiber volume fraction. 

 

 

 
Fig.16.  Fracture load vs. Dead weight 
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(a) Vf=19.7% 

 

 
(b) Vf=20.0% 

 

 
(c) Vf=23.9% 

 

 
(d) Vf=25.5% 

Fig.17. Fracture surface 

 
(a) Vf=19.7% 

 

 
(b) Vf=20.0% 

 

 
(c) Vf=23.9% 

 

 
(d) Vf=25.5% 

Fig.18. Magnified view of fracture surface 
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(a) Vf=19.7% 

 

 
(b) Vf=20.0% 

 

 
(c) Vf=23.9% 

 

 
(d) Vf=25.5% 

Fig.19. Fracture portion 

 
(a) Vf=19.7% 

 

 
(b) Vf=20.0% 

 

 
(c) Vf=23.9% 

 

 
(d) Vf=25.5% 

Fig.20. Magnified view of fracture portion 
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Figures 17 and 18 show the fracture surface, and 

Figures 19 and 20 show the side view of the fracture 

surface. Fracture surfaces were almost flat and the 

pull-out length was about 10 m. Since the fiber 

length was about 1 mm or longer, the fracture mode 

was probably fiber breakage. 

 

4. Conclusions 

Tensile tests of MWNT spun yarn and MWNT 

composite were conducted. As a result, it was found 

that tensile strength and Young’s modulus of spun 

yarn were influenced by twist angle. Tensile strength 

and Young’s modulus of spun yarn showed maximum 

values around 20˚. Fracture of MWNT spun yarn is 

probably dominated by slippage among MWNTs. 

MWNT spun yarn reinforcement effectively 

enhanced the mechanical properties of epoxy. 

Average strength was about 6 times as high as the 

resin strength, and Young’s modulus was about 20 

times as high as the resin modulus. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Plastic bonded explosives (PBX) usually consist of 

stiff energetic filler crystals distributed inside a 

relatively soft binder material. Understanding the 

failure process occurring in such materials is of 

importance with regards to processing methods and 

storage. The shape, size and volume fraction of the 

filler and the material properties of each phase as 

well as those of the interface, all influence the 

mechanical properties of the composite. 

Micromechanical finite element models are being 

developed to predict composite properties from 

given constituent properties, with debonding of 

crystals the primary failure mode investigated.  

 

2 Methods 

The PBX examined here was a TATB-KELF800 

composition with a 95% volume fraction. Other 

variants of binder material have also been 

investigated but KELF800 is of focus for this 

publication. KELF800 is a chlorotrifluoroethylene 

vinylidene fluoride co-polymer, which exhibits a 

nonlinear viscoelastic behaviour. Finite element 

models based on scanning electron microscope 

(SEM) images of the microstructure allow a direct 

link to experiments e.g. predicting the observed 

fracture paths.  

 

2.1 Mesh generation 

An image representative of the undeformed 

microstructure obtained from a SEM, is shown in 

Fig. 1. This greyscale image was converted into a 

binary image and despeckled using the image 

analysis software ImageJ. The processed image, 

shown in Fig. 2, was imported into MATLAB [1] 

and the location of every pixel corresponding to the 

filler material boundaries was written to a textfile. 

Various image processing methods can be applied to 

simplify or enhance the image in MATLAB using 

mathematical operators and features in the written 

codes. For this work most detail is retained, within 

reason from a meshing point of view, to fully 

examine the effect of particle shape of failure.  

 

 

Fig. 1. Image of the TATB/KELF800 microstructure. 

 

Within this textfile generated in MATLAB there is a 

list of particle coordinates. There is also a second list 

of coordinates associated with each particle. These 

are the coordinates of the edge of the particle offset 

inwards by a finite small amount. This region 

between the outer and inner coordinates is required 

to provide the region for the cohesive layer (the 

particle and binder interface).  
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Fig. 2. Processed (binary) version of the SEM image 

of microstructure. 

 

The structure of this model is such that the failure 

mechanism of debonding between the particles and 

binder is to be captured and implemented via 

cohesive elements (thickness of 0.05 µm). This is 

the primary failure mechanism observed 

experimentally in this material (followed by 

transgranular failure in the TATB crystals) and is 

therefore the first to be incorporated in the 

construction of this model. Fig. 3 shows an example 

image during the MATLAB analysis. The initial 

stage is shown where the individual regions of the 

image are identified i.e. each particle and the matrix. 

Once the coordinates of the particle boundaries are 

extracted from the analysis, they are plotted over the 

original binary image to allow the user to confirm 

the coordinates are acceptable.  

 

The coordinate list is then imported using python 

scripting to generate a finite element reconstruction 

of this image. The commercial finite element 

software Abaqus 6.9 [2] was used to develop the 

model, later using Abaqus 6.11 [3]. First a part with 

dimensions equal to the physical dimensions of the 

image (222 ×157µm) was constructed. The part is 

meshed with a free 3-node linear triangular plane 

stress elements using a python script. Later on 

different meshing schemes were adopted for 

comparison e.g. quadrilateral elements. This was to 

ensure the accuracy of the global result is indeed not 

affected by using simpler elements and this was 

shown to be the case. Next, the script generates the 

partitions and assigns the sections (material 

properties) to each partition in the part. There are 

three sections: the particle/filler, the matrix/binder 

and the interface. The script first assigns properties 

to the matrix area, followed by each particle region. 

A swept mesh consisting of cohesive elements was 

then generated along this interface region (the area 

between the particle and matrix).  

 

 

Fig. 3. MATLAB processing: identifying individual 

areas, highlighted by the unique colour schemes for 

each region.   

The method for generating the finite element model 

from an image, described so far in this section, 

generates a model representing a filler volume 

fraction, c
f
, of 0.6 filled composite. In reality this 

grade of PBX has c
f
=0.95. The reason for this 

discrepancy lays firstly with the capability to capture 

a high enough resolution image of the PBX. At the 

image acquisition stage the visible filler volume 

fraction is approximately 0.7. This is due to the fact 

that the PBX is made up of a distribution of particle 

sizes from the largest at 160 µm down to sub-

micron. Note, these ranges of particle sizes 

(≤160 µm) are the pre-formed distribution of input 

particles. The mode of this size distribution is 

around the 20 µm size. The largest particle featured 

in the model is approximately 70 µm in longest 

characteristic length. From Fig. 1, one can 

appreciate that any particle under 5 µm would not be 

easily imaged, let alone remain after the image 

processing stage, converting grey scale image to 

binary image. There is a trade-off between capturing 

a large number of particles and capturing geometric 

details of the particle edges. The larger the area you 
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image for the same resolution, the more the particles 

would appear as simple shapes, losing details of 

particle edges. Therefore the image capture stage 

limits the number and detail of particles that can be 

analysed. Once the binary image is obtained, the 

edges of each particle are identified using 

MATLAB [1] and mapped out in Abaqus [3] using a 

python script ready for meshing. This model now 

features a c
f
=0.6. The further loss of the geometry 

represented, from c
f
=0.7 to c

f
=0.6, occurred when 

the image was converted to binary, with further 

options for geometry simplification also available at 

the MATLAB processing stage. However, based on 

the knowledge that debonding will preferentially 

occur around large particles, as the debonding stress 

varies as r
−1/2

 [4], it was considered appropriate to 

proceed with this model. This is provided that the 

added stiffness resulting from this enhanced matrix 

with fine particles, referred to as fine loaded binder 

(FLB) from now, is accounted for in the analysis. 

Therefore, in addition to defining the material 

behaviour of the binder material in question, a 

suitable micromechanics analytical model needs to 

be applied to account for the fine inclusions in the 

neat binder.  

 

The following section will be split up as follows: 

describing an appropriate material model for the neat 

binder; with the FLB micromechanics analytical 

model described subsequently for the nonlinear 

viscoelastic KELF800. 

 

2.2 Material Model – Nonlinear Viscoelastic  

A series of tensile tests were conducted on the 

solvent pressed KELF800, a chloro-tri-fluoro-

ethylene vinylidene-fluoride co-polymer, at room 

temperature over a range of true strain rates. Fig. 4 

shows the results of these experiments. Based on 

these curves it was thought that the binder would be 

best treated as a nonlinear viscoelastic (NVE) 

material. The analytical curve fits are shown in 

Fig. 4 overlaid with the experimental data. 

 

The NVE material model is presented for the stress-

strain data using a Van der Waals hyperelastic 

function in combination with a Prony series for the 

strain range of 0<ε<1. 

 

 

Fig. 4. Plot of true stress - true strain for KELF800 

binder material with the analytical fitted curves. 

This process results in representing the binder 

behaviour by a five term Prony series with the initial 

shear modulus at low strains, μ=72 MPa, the locking 

stretch, λm=2.06 and the global interaction 

parameter, a=3.96. All values are summarised in 

Table 2.1. 

 

2.3 Fine Loaded Binder Material Model 

It has previously been mentioned that the fine 

particles unaccounted for geometrically in the model, 

i.e. not present in the image, will be accounted for 

analytically in the binder material model. Methods 

have been outlined in reference [6] to describe the 

enhancement provided by the presence of inclusions 

in the binder material. Equation (1) describes how 

the time-dependent composite shear modulus, μ
*
(t), 

i.e. modulus of the filled matrix material varies as a 

function of volume fraction, where c
f
 is the filler 

volume fraction, c
m
 the matrix volume fraction, μ

m
(t) 

the time-dependent shear modulus of the matrix, β 

the aspect ratio of the filler, I0 a geometry constant 

dependent on β,   
 

 the initial shear modulus, g
m
(t) 

the time-dependent function represented by a Prony 

series with g
e
 and g

m
i the relative weights of the 

equilibrium and Maxwell elements respectively. 

          
   

               (1) 

          
  

             
 

 

         
 

 

                
     (2) 
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It was shown that   
  can be factored out of 

Equation (4), enabling the new composite or fine 

loaded binder (FLB) to be described in Equation (1) 

by changing only the   
  term in μ

m
(t) keeping the gi 

terms (Prony series) all the same as established for 

the neat binder. However, there is a flaw in the 

method used to describe μ
*
, which is that Equation 

(1) does not take into account the stiffness of the 

filler particles. This has been shown to be a problem 

for large volume fractions of filler, since the matrix 

can become stiffer than the filler particles according 

to Equation 1. In this case, a c
f
 of 0.87 is required. 

This volume fraction is calculated since 87% of the 

remaining 40% area covered by the matrix in the 

geometry of the finite element model is required to 

be a filler phase to make up the total 95% global 

volume fraction. Therefore a new method was 

sought to define the FLB. From reference [7] 

Equation (5) includes the filler shear modulus, μ
f
, as 

well as the Eshelby geometry function, S1212. Note 

that, based on assumptions that the filler modulus is 

much larger than the matrix and the spherical 

geometry of particles, Equation (5) reduces to 

Equation (1). 

               
    

  

     
             

   (5) 

For our analysis Equation (5) was used to obtain μ
*
. 

This was used in conjunction with the same λm and a 

terms derived previously in the Van der Waals 

energy potential formulation of hyperelasticity of the 

neat binder (see Section 2.1). Analyses are not 

currently available in open literature to describe how 

λm and a vary as a function of filler volume fraction. 

Therefore the only term changed was μ of the neat 

matrix/binder to μ
* 

for the FLB. Table 2.1 shows a 

summary of all material parameters used to describe 

the NVE FLB material behaviour, where μ
*
 denotes 

the enhanced (fine loaded) version of the parameter 

μ
*
 described earlier. 

Table 2.1: Material parameters used for the FLB NVE 

material model. 

μ
* 
(GPa) 2.8 

λm 2.064 

A 3.960 

g1 0.4526  

g10 0.1853 

g100 0.0919  

g1000 

ge 

0.1069 

0.1634 

 

2.4 Elastic constants of filler particles 

The Young’s modulus, E, used for the TATB filler 

particles is 31.5 GPa with Poisson’s ratio of 0.2 [8].  

2.5 Cohesive parameters 

The main failure mode expected to occur within 

these composites is debonding at the particle-matrix 

interface. This is the failure mode that was first 

implemented in this model, with others, such as 

fracture in the crystals and tearing of the polymer 

binder, a secondary concern to be implemented at a 

later date. Cohesive parameters were in part 

determined experimentally. The debond energy, Gc, 

was obtained from literature [9]. The critical damage 

initiation stress, σc, was calculated based on atomic 

force microscope experiments. The contact 

geometry of the KELF800 on TATB was measured. 

Knowing Gc, using contact mechanics theory [10] the 

critical pull-off stress was calculated.    

A bilinear traction-separation law was employed. 

These characteristic parameters are as follows: 

critical damage initiation stress, σc = 13 MPa; 

debond energy, Gc = 271 mJ/m
2
; stiffness in mode I, 

kI = stiffness in mode II, kII = 31.1 GPa/μm. The 

mixed mode failure criterion was employed in the 

cohesive zone definition. Values of cohesive 

element stiffness were determined parametrically 

such that both compliance and numerical 

convergence problems are negated with an 
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optimized definition of kI and kII. These were not 

experimentally evaluated.  

3 Results and Discussion  

This model was loaded in tension at a constant strain 

rate of 0.001 s
-1

. Fig. 5 shows the maximum 

principal strain contour plots of the deformed model, 

simulating a c
f 
= 0.6 under tension. The strain is seen 

to build up in the matrix/binder compared to the 

stiffer crystals as expected. Strain concentrations 

form in regions around the larger crystals and 

regions where the crystal density is higher, causing 

increased constraint on the binder material. This is 

clear from Fig. 5(a) to Fig. 5(e), culminating in 

debonding occurring around the large crystals in the 

central region of the bulk material. The grey regions 

in Fig. 5(e) are the regions of debonds, where 

complete failure of the composite interface has 

occurred.  

 

The next stage of the development was to implement 

the FLB for the NVE binder model. Fig. 6 shows the 

maximum principal strain contour plots of the 

deformed model, simulating a c
f
 = 0.95 under 

tension. The strain is seen to build up in the matrix 

compared to the stiffer crystal, as seen previously.  

However the stiffer matrix meant that the interface 

experienced higher stresses earlier than that shown 

in Fig. 5 for a c
f
=0.6 composite. The same regions 

around the crystals form the strain concentrations for 

debond initiation. Due to the stiffer matrix material 

relative to the neat binder models, the interfaces 

reach the damage initiation stress earlier, leading to 

a lower strain to failure compared to the c
f
 = 0.6 

formulation. Failure is visible after a global applied 

strain of 0.0016 in the fine loaded model simulating 

c
f
 = 0.95 compared to global failure strain of 0.0021 

for c
f
 = 0.6. The propagation of the failure is more 

visible from Fig. 6(d) and Fig. 6(e). Strain relief 

provided from this failure results in the observed 

redistribution of strain away from the failure zones. 

In Fig. 6(a) to Fig. 6(c) the matrix area is globally 

strained, however post-failure, in Fig. 6(d) and Fig. 

6(e), the strain redistributes around the intact regions 

unloading the damaged areas. In reality once such 

large debonds form they would propagate as cracks 

through the matrix/binder. Failure occurred around 

the same regions as seen previously for the neat 

binder model. 

 

 

Fig. 5. Maximum principal strain fields for the model 

with c
f
 =0.6 for global applied strains of 0.0005 (a) to 

0.0025 (e) Grey contour areas are where strains 

exceeded 1%, where failure has occurred. 
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Fig. 6. Maximum principal strain fields for the model 

with c
f
 =0.95 for global applied strains of 0.0005 (a) to 

0.0025 (e). 

 

Fig. 7 shows the global stress-strain curves for the 

two volume fractions simulated. This data was 

obtained from the models by taking the total of all 

the reaction forces at each node on the top edge, 

which is loaded. These forces are converted to 

engineering stresses using the original width of 

sample and assuming unit thickness. The 

engineering strain was calculated from the applied 

displacement and original height of the sample. The 

effect of the fine loaded binder over the neat binder 

is clearly shown from the orange curve for c
f
=0.95 

and the green curve for c
f
=0.6.  

 

Fig. 7. Graph showing the stress-strain behaviour for 

the simulations with experimental data for c
f
=0.95.  

 

Fig. 5 and Fig. 6 show how the stiffened matrix puts 

greater stress earlier across the interface leading to a 

greater failure stress and lower failure strain 

compared to the neat binder. This is further 

substantiated with the data plotted in Fig. 7.  As 

expected, the increased volume fraction results in an 

increased modulus of composite. The results are 

compared to experimental uniaxial tensile test data. 

The test was conducted at the same strain rate range 

as that simulated in the model, 0.0001 s
-1

. The result 

is averaged from three samples tested at a given 

constant displacement rate and temperature 

experiment. The Young's modulus of the experiment 

and the equivalent simulation of the c
f
=0.95 

composite are comparable. The failure stress and 

strain were also reported. This failure point obtained 

from the experiments also coincides with the failure 

point of the simulation. This result is promising with 

regards to the capability of the model at predicting 

the fracture behaviour of a given composite. 
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4 Conclusions 

Understanding the failure process occurring in 

energetic materials is of importance with regards to 

processing methods and storage. The shape, size and 

volume fraction of the filler and the material 

properties of each phase all influence the mechanical 

properties of the composite. Micromechanical finite 

element models have been developed to predict 

composite properties from given constituent 

properties, with debonding of crystals the primary 

failure mode being investigated. Various options 

have been included in the construction of these 

methods to allow for these design parameters to be 

investigated readily. The PBX examined and 

presented here was a TATB-KELF800 composition 

with a 95% volume fraction. Finite element models 

based on scanning electron microscope (SEM) 

images of the microstructure allow a direct link to 

experiments e.g. predicting the observed fracture 

paths. 

 

To generate these models a number of steps were 

required prior to generating a mesh in 

Abaqus/Explicit 6.11: an image is taken in an SEM; 

image is processed to generate a binary image; the 

geometry is then simplified in MATLAB for ease of 

meshing; MATLAB functions are used to trace the 

particle edges; these particle coordinates are 

imported into Abaqus/Explicit 6.11 via a python 

script, assigning the various material properties of 

each section (particle, binder and interface). Each 

particle is generated with a layer of cohesive 

elements around it to enable the process of 

debonding to be captured during each simulation. 

Cohesive parameters were determined via (micro-

scale) experiments determining the adhesion 

properties of the interface between TATB and 

KELF800. 

 

Fine loaded binder models or micromechanics 

models are currently being validated with both 

experimental and numerical studies (to be fully 

published in reference [11]). This is important given 

the current lack of data in this area of material 

behaviour (i.e. at such high volume fractions).  
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1 Introduction  

Innovative material synergies and composite 

processing strategies are the main topics of current 

ambitions to substitute metals through high 

performance composites. Besides the substitution of 

metals it is also possible to increase the lightweight 

potential of the composite applications while a 

reduction of manufacturing costs is present. 

Carbon Nanotubes (CNTs) can improve the physical 

and mechanical properties of plastics with or without 

fiber reinforcement. Because of their high 

conductivity, it is possible to transfer electrical 

insulators to conductive components by processing 

CNTs doped resins. Thereby, conductive glass fiber 

reinforced polymer composites (GFRPC) could be 

utilized e.g. for cataphoretic and antistatic coating or 

structural health monitoring. In the aerospace 

industry, modified carbon fiber reinforced polymer 

composites (CFRPC) could exhibit sufficient 

electrical conductivity for EMI shielding, de-icing or 

lightning strike protection.  

The main challenge during the manufacturing of 

CNT doped laminates utilizing the common Resin 

Transfer Molding (RTM) process is the controlled 

distribution of the CNTs in the fiber structure. 

Despite their small size, filtering of the CNTs is 

likely during the impregnation of textile fiber 

structures, indifferent which in-plane injection 

strategy (ring or center gate) is used [1]. In the past, 

two different types of filtering have been described: 

Cake filtration and deep bed filtration [2, 3].  

Rieber et al. report about generally decreasing 

electrical conductivity with increasing distance from 

the inlet and lower volume conductivity inside a 

fiber yarn due to the filtering of CNTs by RTM 

produced laminates [1]. Fan and Qiu give a deeper 

insight to this problem and suggest adaptations of 

the process strategy [4, 5]. The degree of filtering is 

also strongly related on the quality of dispersion of 

the CNTs in the resin before impregnation [6, 7] and 

the type of the textile. The appearance of unwanted 

agglomerates enormously affects the critical 

percolation threshold for doped epoxy resins [8]. 

Therefore, a good dispersion of CNTs is required. 

Furthermore, the percolation threshold is strongly 

dependent on the matrix system which will be used 

as carrier of the filler [2, 8]. Limitations of the 

maximum CNT content exist for each matrix system 

and must not be exceeded [9]. The curing can also 

impact the state of dispersion, which can lead to 

unwanted realignment and agglomeration of the 

CNTs [10]. Further implementation strategies exist, 

e.g. modifications of the fiber structure itself before 

impregnation. These are not considered within this 

study.  

Nevertheless, innovative processing strategies are 

required to solve the filtering problem during the 

manufacturing of FRPC laminates.  

Previous studies already showed that the degree of 

filtering is too high for a central inlet injection 

strategy. Different kinds of fillers as well as resin 

and fiber structures were utilized in the previous 

research. Filtering was present for all specifications. 

The comparative GFRPC and CFRPC laminates 

were manufactured using a RTM process with a ring 

inlet as in-plane injection strategy (see Fig. 1). [1] 

This study investigates filtering effects according to 

out-of-plane injection strategies via Advanced RTM. 

The CNT contents in the epoxy resin varied between 

0.15 – 1.15 wt.-%. Different set-ups of electrical 

conductivity measurements (volume, surface, and 

through the thickness) were carried out. 

Furthermore, electrical conductivity topographies of 

the entire laminates were generated to investigate the 

distribution of CNTs in a larger scale. The main 

question of this thesis was if it would be possible to 

control the CNT filtering according to improved 

injection strategies? The results were compared to 
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in-plane injection strategies via RTM of the previous 

studies.  

 

2 Research approach 

The Advanced RTM process, which is a modified 

RTM process, can overcome the obstacles during the 

injection phase in order to prevent filtering of CNTs. 

Fig. 2 exemplarily shows the Advanced RTM 

process. The global manufacturing procedure, 

starting with cutting and stacking of the textiles and 

draping of the stack to generate the preform, is the 

same as for standard RTM. But during the injection 

phase the mold is not completely closed. A gap 

between the upper mold and the fiber structure 

remains and the CNT doped resin is able to 

distribute over the complete surface. Subsequently, 

the actual impregnation takes place through the 

closing of the mold whereby the filled resin 

impregnates the textile stack through the thickness. 

At the end of the injection (mold completely closed) 

the final fiber volume content is reached. By using 

this technology the impregnation length is 

enormously shortened to the thickness of the part 

which commonly varies between 1 and 5 mm. 

Regarding the RTM process the impregnation length 

is many times shorter and independent on the 

dimension of the part. The enormous reduction of 

impregnation length via Advanced RTM should 

prevent or at least minimize the filtering of CNTs to 

reach the goal of a homogeneous distribution of this 

filler. 

  

3 Materials and test methods 

In this study the aerospace certified two component 

epoxy system HexFlow® RTM6-2 was utilized. The 

service temperatures are between -60 °C and 180 °C. 

It is the transportable version of the standard 

HexFlow® RTM6 with a high glass transition 

temperature. The CNTs were of the type NC7000 

from NANOCYL
TM

. These thin multi-wall CNTs 

have an average diameter of 9.5 nm and an average 

length of 1.5 mm, which result in a high aspect ratio 

>150. Master batches with specific amounts of 

CNTs were manufactured by Nanocyl to ensure a 

good dispersion. The carbon fiber material was a 

standard textile from Hexcel, Hexply G0986. It is a 

twill 2/2 woven fabric (HTA 5131 6K) with a 

nominal weight of 300 g/m² containing 2.5 wt.-% 

epoxy powder on both sides. The nominal 

construction is 3.5 yarns/cm (weft and warp 

direction) with a ply thickness of 0.29 mm. The 

utilized glass fiber fabric was the standard textile 

1265 from Hexcel. It is a plain woven fabric with a 

nominal area weight of 390 g/m² and 5.9 yarns/cm in 

warp and 6.6 yarns/cm in weft direction. 

 

3.1 Viscosity tests 

First of all, the viscosity of neat RTM6 Part A and 

RTM6 (containing different amounts of CNTs) was 

examined. The utilized viscometer was a Brookfield 

DV-II + Pro, the spindle name was LV #1, and the 

rotating speed (0.5 – 30 rpm) was adjusted to the 

changing temperature of the resin which varied 

between 80 °C and 120 °C. The filling quantity of 

CNTs for the doped resins was 0.1, 0.15, 0.2 and 0.3 

wt.-%. After scaling down the batches from Nanocyl 

to achieve the individual CNT amounts, all samples 

were mixed for 30 minutes at 90 °C and 180 rpm. 
The mixing method was automatically using an 

overhead stirrer. Also a vacuum of 5 mbar was 

applied during mixing. 

 

3.2 Manufacturing of CNT doped resin plates 

CNT doped RTM6-2 resin plates were manufactured 

to determine the percolation threshold of the 

material synergy. The utilized curing cycle is 

displayed in Fig. 3. For these plates the CNT filling 

quantities were 0.06, 0.07, 0.08, 0.1, 0.13, 0.15, and 

0.2 wt.-%. The dimension of the plates was 

110x110x3 mm each, manufactured via RTM 

utilizing a pressure tank for the injection. Also a 

vacuum of 0.5 mbar was applied before injection. 

The empirical findings of the viscosity tests and the 

manufacturing of the doped resin plates were 

utilized to process GFRPC and CFRPC laminates.  

 

3.3 Manufacturing CNT-doped GFRPC and 

CFRPC laminates via Advanced RTM 

The final cavity of the mold, which was used for 

both processes, was 570x470x3 mm. A silicon layer 

was placed in the mold as sealing and to realize a 

laminate size of 300x300x3 mm. 10 layers of the 

woven glass textile resulted in a fiber volume 

fraction of 51.5 % and 10 layers of the carbon fabric 

resulted in a fiber volume fraction of 56.1 %. 

Previous tests showed that both fabrics contain 

almost the same permeability values at the 
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mentioned fiber volume fractions. Therefore, the 

glass material functioned as CNT indicator and was 

a very good reference to the G0986 in order to 

evaluate the CNT filtering. The CNT filling quantity 

of the doped resin was 0.15, 0.5, and 1.15 wt.-% for 

the CFRPC laminates and 0.15 and 1.15 wt.-% for 

the GFRPC laminates. The samples were mixed for 

30 minutes at 90 °C and 180 rpm to achieve the 

individual CNT quantity using an overhead stirrer. 

Also a vacuum of 0.5 mbar was applied during 

mixing to ensure a proper evacuation. 

For the Advanced RTM laminates a kind of central 

injection strategy was utilized. Therefore, the CNT 

doped resin was injected in the slightly opened mold 

(1/6 mm) on top of the upper layer. According to the 

slightly opened mold (see Fig. 4), the fiber volume 

content decreased from 56.1 % to 46.9 % (for 

CFRPC). After the CNT doped resin was completely 

distributed all over the surface, the final cavity 

height of 3 mm was set. The impregnation of the 

material through the thickness proceeded and the 

intended fiber volume content of 56.1 % was 

reached. The curing cycle was the same as for the 

neat resin plates. 

 

3.4 Electrical conductivity test set-ups: Through 

the thickness, volume, and surface conductivity 

The resistances of the different types of materials 

were measured utilizing a Keithley 2601 A System 

Sourcemeter. Crocodile clamps, test probes, and flat 

electrodes were used as current input tools. 

Furthermore, the conductive silver Silver DAG 1415 

from PLANO GmbH was applied to the samples as 

contact medium.    

The distribution of the CNTs through the thickness 

of the entire laminates could be examined by 

electrical conductivity topographies. A grid of 

contacting points was applied on both surfaces of the 

laminate (see Fig. 6). The measurements were 

performed according to DIN IEC 60093 (VDE 0303 

part 30): 1993 [11]. The applied potential U varied 

between 3 – 30 V according to the type of fibers 

(carbon respectively glass). The current I was kept 

constant at 1 A. The electrical conductivity was 

determined as follows 

 

²

41

d

t

U

I

A

t

R 
       (1) 

 

where R is the electrical resistance, t the laminate 

thickness, A the contact area, and d the diameter of 

the contact point. Origin 8 was used as analyzing 

and viewer program to generate the topographies. 

After the testing of the entire laminates was 

completed, the samples were cut into shape for 

volume, surface, and additional through the 

thickness conductivity measurements. For these tests 

a self-build test device, displayed in Fig.5, and the 

Keithley 2601 Sourcemeter were utilized.  

The volume and surface conductivity tests referred 

to DIN EN ISO 3915:1999 [12]. The applied 

potential U varied between 3 mV and 3 V according 

to the type of fiber. The current I was kept constant 

at 1 A. The length of the samples varied between 20 

and 150 mm, the width was 10 mm, and the 

thickness 3 mm for each sample. Initial tests showed 

that there was no difference in the resultant electrical 

conductivities in 0° and 90° fiber orientation of the 

used materials. Therefore, the results presented here 

are limited to the 0° orientation of the samples. The 

conductive silver was applied on the fronts of the 

samples for the measurements in volume (see Fig. 

7). The computation of the volume conductivity was 

done by the following formula 
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        (2) 

 

where l is the length, b the width, and d the thickness 

of the sample.  

Two parallel lines were suited on the top and on the 

bottom of each sample to measure the surface 

conductivity on both sides. The distance between the 

two lines on one side was t = 10 mm to achieve a 

squared testing area (see Fig. 8). An Excel-based 

software tool was used as analyzing and viewer 

program for both test set-ups. 

The detailed investigation of the through the 

thickness conductivity and thus the filtering of CNTs 

was performed with the GFRPC samples. The 

samples surfaces were milled five times (totally) by 

losing 0.4 – 0.5 mm thickness by each step. An 

electronic router from Metabo OFE 738 was height-

adjustable applied on a linear guidance (see Fig. 9). 

After each milling step the prepared sample surfaces 

were contacted with conductive silver and tested 

through the thickness utilizing the Keithley 2601 

Sourcemeter. The schematic test set-up is displayed 
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in Fig. 10. The measurements were performed 

according to DIN IEC 60093 (VDE 0303 part 30): 

1993 [11]. The applied potential U was 5 V and the 

current I was kept constant at 1 A. 

Also effects of changing boundary conditions for 

through the thickness measurements were 

investigated. The size of measuring points and the 

offset of opposite measuring points were changed 

and optimized. 

 

4 Results 

4.1 Viscosity change according to the 

implementation of CNTs 

The implementation of CNTs into a matrix system 

enormously changes the injection behavior of liquid 

composite molding processes. Therefore, it is 

essential to perform viscosity tests before the 

manufacturing of the Advanced RTM laminates. 

Different filling amounts of CNTs in the epoxy 

system were investigated to make an assessment 

about critical CNT content vs. injectability.  

No difference was measured for evacuated and not 

evacuated neat RTM6-2 Part A (see Fig. 11). 

Starting with increasing the CNT content to 

0.15 wt.-%, the viscosity increased, but only 

slightly. In contrast, a pronounced slope was 

measured by adding 0.2 wt.-% CNT to the matrix. 

By adding 0.3 wt.-%, the viscosity reached a very 

high level of nearly 2500 mPas at 80°C compared to 

<700 mPas for the 0.15 wt.-% CNT resin. At higher 

temperatures (between 110 and 120°C) the 

viscosities were below 500 mPas except of the 0.3 

wt.-% filled configuration. Consequently, 0.3 wt.-% 

CNT is most probably critical for the injection 

according to the high viscosity. Viscosities below 

500 mPas are generally uncritical for the injection 

process, which means that up to 0.2 wt.-% it should 

be less critical, but filtering can still be present.  

 

4.2 Volume conductivitiy 

According to the basic physical properties of 

thermoset matrix systems, glass fibers, and carbon 

fibers, it is obvious that the resultant electrical 

conductivities are not at the same level.  

The natural insulation epoxy matrix could be turned 

into a semiconductor according to the 

implementation of CNTs. Up to a filling amount of 

0.09 wt.-% the material combination was an 

insulator. At the filling amount of 0.1 wt.-% an 

average electrical conductivity of 3.8E-08 S/m was 

measured the first time. Increasing the CNT amount 

up to 0.15 wt.-% resulted in a pronounced increase 

(four decades) of electrical conductivity up to     

1.5E-04 S/m, which only slightly increased for 

filling contents over 0.2 wt.-%. For 0.2 wt.-% CNTs 

the resultant average electrical conductivity in 

volume achieved 2.3E-04 S/m. The percolation 

threshold for the RTM6-2 / NC7000 material 

combination is consequently located between 0.09 – 

0.15 wt.-% CNTs (see Fig. 12). 

Introducing the CNT doped resins into the glass 

fiber structures, the resulting electrical conductivity 

in volume is further increased (see Fig. 13). 

Compared to the volume conductivity of          

1.49E-04
 
S/m for the 0.15 wt.-% CNT doped resin 

plates, an average conductivity of 1.13E-02
 
S/m 

measured for the GFRPC laminate containing the 

same amount of CNTs was measured. The rise in 

conductivity ranged about two decades. This is 

caused by a closer network of CNTs. By adding 1.15 

wt.-% CNT into the GFRPC laminate a resultant 

conductivity of 1.11E01 S/m was measured. It seems 

that CNT agglomerations emerge while the doped 

resin flows through the fiber structure. This is most 

probably the reason for this effect. The 

agglomerations mainly emerge in front of the 

“gaps”, through which the CNTs could pass 

according to their small size if not agglomerated. 

The so called cake filtering appears dealing with the 

highly doped resin, which results in CNT-rich areas 

on top of the surfaces. This is also described by 

other researchers [1, 2, 3]. Subsequently, it is 

imaginable that for the highly doped GFRPC 

laminates the conductive paths are only on the top 

surfaces of the laminate, whereby the 0.15 wt.-% 

filled composite most probably exhibits more paths 

through the entire volume. Nevertheless, the 

materials are still semiconductors. The analysis of 

CNT filtering will be described in detail in the next 

paragraphs by the investigation of the through the 

thickness conductivities of the entire laminates.  

Regarding to the CFRPC laminates the electrical 

conductivities in volume were about three decades 

higher compared to the GFRPC laminates, due to the 

conductive properties of carbon fibers. The average 

conductivity for the CFRPC-reference was at the 

same level as for the CNT doped laminates. Only 

slightly differences were measured which can be 
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seen in Fig. 13. The conductivities varied between 

1.07E04 S/m for the CFRPC reference (without 

CNTs) and 2.11E04 S/m for the 0.50 wt.-% CFRPC 

configuration. This means, that for volume 

conductivity measurements of CFRPC laminates the 

carbon fibers still have the dominant part and the 

presence of CNTs can be neglected in terms of 

volume conductivity. 

 

4.3 Surface conductivity 

According to the previously mentioned percolation 

threshold of the CNT doped neat resin plates (see 

Fig. 12) not all plates without fibers could be tested 

for surface conductivity. The first measureable 

averaged surface conductivity was recorded for the 

0.13 wt.-% CNT configuration with an average of 

1.22E-08 S. The maximum of 2.52E-07 S was found 

for the 0.2 wt.-% CNT doped resin plate. No 

difference was measured due to top or bottom 

surface of the samples. 

Increased surface conductivities were measured for 

the fiber reinforced laminates (see Fig. 14). The 

surface conductivity of the GFRPC laminates 

differed between top and bottom surface. The 0.15 

wt.-% laminate achieved a surface conductivity of 

2.04E-05 S on top compared to 4.19E-06 S on the 

bottom surface. The surface conductivity of the 

highly filled GFRPC laminate reached 9.94E-03 S 

on the top surface, but no conductivity was 

measured on the bottom. This suits the findings of 

the volume conductivity measurements, which 

means that filtering is present through the thickness 

of the laminates for the highly filled GFRPC 

laminate. Only slightly changes were measured for 

the 0.15 wt.-% CNT GFRPC laminate.  

For the CFRPC laminates the surface conductivities 

varied between 2.29E-01 (CF reference) and 7.26E-

01 S (1.15 wt.-% CNT) for the top surfaces and 

between 1.68E-01 (0.15 wt.-% CNT) - 4.53E-01 S 

(1.15 wt.-% CNT) for the bottom surfaces. Thus, the 

conductivity was two decades higher compared to 

the GFRPC laminates. Difference between the top 

and bottom surfaces could be measured. In some 

cases e.g. for the 0.15wt.-% and 1.15 wt.-% 

configurations the surface conductivities on top were 

higher, but this trend could not be ensured for the 

0.5 wt.-% CNT CFRPC laminate. All in all, the 

surface conductivities for CFRPC laminates were 

located at almost the same level. 

4.4 Through the thickness conductivity 

The evaluation of the through the thickness 

conductivities was focused on the FRPC laminates 

since obviously no filtering is present at the neat 

resin plates. 

In Fig. 15 the filtration of CNT through the fibers is 

shown. Strong backlight was utilized to visualize 

this effect. The analysis of the through the thickness 

conductivity was performed with the topographies 

based on the data of the measurements of the applied 

conductive grid (see Fig. 15 left image). The through 

the thickness conductivities of the displayed 

300x300 mm² GFRPC laminate containing 0.15 wt.-

% CNTs alternate between 8.50E-10 and 2.6E-02 

S/m. The CNT distribution all over the laminate was 

almost evenly, but filtering through the thickness 

was still given at some locations. The lacks of 

conductivity can be related to the absence of 

conductive paths (through the thickness). Slightly 

increasing the CNT amount for the doped resin 

could solve this appearance.  

No through the thickness conductivity could be 

measured for the highly filled GFRPC laminate. 

Therefore, further analysis was required to 

investigate the filtering of the CNTs. The laminates 

were cut into small slices and turned about 90° to 

view the cross-sections. Fig. 16 displays this: (A) 

displays the entire 0.15 wt.-% doped GFRPC 

laminate, (B) the orientation of the cut slices, (C) the 

1.15 wt.-% doped GFRPC laminate slices, and (D) 

the 0.15 wt.-% slices. The numbers 1 - 9 correspond 

to the increasing distance from the center of the 

laminates. The right image (D) clearly shows that 

the CNTs passed the entire thickness of the laminate 

according to the out-of-plane injection strategy. In 

this case, the CNT content of 0.15 wt.-% was on the 

one side high enough to generate electrical 

conductive paths and on the other side low enough 

the minimize the filtering of the CNTs through the 

thickness. Nevertheless, the CNTs were not able to 

be located inside the yarns. Only in the gaps 

between the yarns CNTs were present. Regarding 

the 1.15 wt.-% CNT doped GFRPC laminate (C) the 

through the thickness conductivity could not be 

determined. The filtering of the CNTs through the 

thickness was too high in this case. The CNTs could 

not pass the entire thickness of the laminate. Only 

the first three plies could be impregnated, which 
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means that no conductive path was given. Cake 

filtering was present.  

Also topographies of the CFRPC laminates were 

performed with the result that no obvious 

improvement was measured for the 0.15 wt.-% 

laminate compared to the reference. Fig. 17 displays 

the topography of 1.15 wt.-% CFRPC laminate and 

the laminate itself. The CNTs on top of the surface 

can be clearly seen and the presence of CNTs results 

in higher electrical through the thickness 

conductivities. The absence of CNTs in the 

boundary areas of the laminate is attributed to the 

manufacturing procedure. This can be solved with 

increasing injection time before closing the mold via 

the Advanced RTM process. 

Besides the detailed investigation of the through the 

thickness conductivity according to the visual 

inspection of the GFRPC cross-sections, also 

measurements with decreasing laminate thicknesses 

(stepwise) were performed as described in chapter 3. 

The thickness reduction was performed from the 

bottom surface to the top surface based on the 

assumption that CNT rich areas were located on top 

of the laminates (higher conductive zones) and lower 

conductive zones were located on the bottom of the 

samples. Regarding the 0.15 wt.-% CNT doped 

GFRPC laminate the specific through the thickness 

conductivity remains at almost one level while 

decreasing the sample thickness. The conductivity 

varied within a range of 2.96E-04 to 8.00E-04 S/m. 

This underlines the findings of the visual inspections 

that almost no filtering occurred.  

Quite the contrary was measured for the 1.15 wt.-% 

doped GFRPC laminate. No through the thickness 

conductivity was measured up to a sample thickness 

of 1.5 mm ( < 1E-10). For the sample thickness of 

1.2 mm the conductivity was in the range of 7.4E-08 

– 9.8E-08 S/m, which is still lower compared to the 

0.15 wt.-% GFRPC laminate. Only for laminate 

thicknesses below 0.6 mm higher conductivities 

between 3.79E-01 - 1.33E00 were measured.   

 

5 Discussions 

The main task of this study was to minimize or 

rather control the filtering of CNTs according to the 

out-of-plane injection strategy. In comparison to the 

common RTM process where filtering is absolutely 

present, it was possible to influence the CNT 

filtering according to the improved injection 

strategy. An optimized CNT content has led to 

almost filtering-free FRPC laminates. Therefore, it is 

reasonable to further investigate and optimize 

injection strategies to control the filtering of CNTs. 

No remarkable improvement of volume conductivity 

could be observed for the CFRPC laminates 

according to the dominance of the carbon fibers. The 

second task of this study was to find adequate 

analyzing tools to investigate the filtering through 

the thickness. Two inspection methods were utilized 

and successfully proofed.   

 

6 Conclusions 

The main target of the study was the investigation of 

CNT filtering on surface, volume, and through the 

thickness conductivity by utilizing an out-of-plane 

injection strategy. Therefore, CNT doped resin 

plates, GFRPC and CFRPC laminates containing 

different amounts of CNTs from 0.15 to 1.15 wt.-% 

were manufactured by the Advanced RTM process. 

These laminates were examined according to the 

different types of conductivity. The findings are: 

- CNTs are able to turn insulative material 

into semiconductors (doped resin plates) and 

percolation threshold was identified 

- Higher conductivities are generated for 

GFRPC laminates compared to neat resin 

plates while containing the same amount of 

CNTs 

- Presence of CNTs can be neglected in terms 

of volume conductivity of CFRPC laminates 

- Homogeneously distribution of CNTs could 

be achieved according to the out-of-plane 

injection strategy 

- Adequate methods to investigate the through 

the thickness conductivity were successfully 

generated 

The results have shown that out-of-plane injection 

strategies are able to handle filtering problems. 

Certainly an optimized CNT content is absolutely 

important to generate conductive paths and to keep 

the formation of agglomerations of CNT at a low 

level. Further investigation of the filtering of CNTs 

in combination with improved injection strategies 

are required to control the filtering for specific 

applications. For instance, targeted and designed 

filtering could be utilized for the generation of 

highly conductive surfaces which function as e.g. 

lightning strike protection.  
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Fig. 1. Ring inlet as in-plane injection strategy for RTM 

process 

 

 
Fig. 2. Schematic procedure of the Advanced RTM 

process 

 

 
Fig. 3. RTM6-2 curing cycle for CNT doped resin plates 

and fiber reinforced CFRPC and GFRPC laminates 

 

 

Fig. 4. Central inlet as out-of-plane injection strategy for 

the Advanced RTM process 

 

Fig.5. Test device for volume, surface and through the 

thickness conductivity measurements 
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Fig. 6. Test set-up for through the thickness conductivity 

of entire laminates 

 

 

Fig. 7. Test set-up for in-plane volume conductivity 

 

 

Fig. 8. Test set-up for in-plane surface conductivity 

 

 

Fig. 9. Milling device to stepwise reduce the thickness of 

the samples in z-direction 

 

 

Fig. 10.Test set-up for through the thickness conductivity 

measurements of milled samples 

 

 

 

 

Fig. 11. Viscosity progressions of RTM6-2 Part A doped CNT systems according to different filling amounts (neat resin, 

0.15, 0.2, 0.3 wt.-%) and the temperature
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Fig. 12. Percolation threshold of RTM6-2 doped with 

different CNT amounts 

 

 

Fig. 13. Overview of volume conductivity of CNT doped 

neat epoxy resin (0.15wt.-%), GFRPC (0.15 and 1.15 wt.-

% CNT) and CFRPC (reference, 0.15, 0.5, and 1.15 wt.-% 

CNT) laminates 

 

 

 

Fig. 14. Overview of surface conductivities (top and 

bottom surfaces) of the CNT doped GFRPC and CFRPC 

laminates 

 

Fig. 15. Topography of through the thickness conductivity 

of the 0.15 wt.-% CNT GFRPC laminate (left); Image of 

GFRPC laminate (containing a grid of conductive points) 

performed with strong backlight 

 

 

Fig. 16. CNT doped GFRPC laminate with grip of 

measuring points manufactured by Advanced RTM 

containing 0.15 wt.-% (A, B and D); CNT doped GFRPC 

laminate containing 1 wt.-% CNTs (C) 

 

 

Fig. 17. Topography of through the thickness conductivity 

of the 1.15 wt.-% CNT GFRPC laminate (left); Image of 

GFRPC laminate (right)
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Fig. 18. Through the thickness conductivity of the CNT doped GFRPC laminates according to decreasing sample thickness 
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1 Introduction 
Aluminum alloys and glass fibre epoxy laminates 
are often used as light-weight structural materials 
due to a good combination of high specific stiffness 
and strength. When combined to create hybrid 
fibre/polymer/aluminum composites such as Glass 
Laminate Aluminum Reinforced Epoxy (GLARE) 
composites, mechanical properties are further 
enhanced. However, a problem with using aluminum 
alloys in structural applications where fire is an ever 
present risk, such as aircraft, ships, buildings and oil 
drilling platforms, is their susceptibility to softening 
at moderately low temperatures. Aluminum alloys 
experience large reductions to their elastic stiffness, 
proof strength, ultimate strength and creep strength 
when heated beyond the range 100 to 400°C [1,2], 
which is well below the flaming temperature of 
typical fires. As a result, aluminum-based structures 
can distort, buckle and collapse within a short time 
when exposed to a hot fire. 
 
Similarly, a major problem with using fibre 
reinforced polymer composites in structural 
engineering applications is their susceptibility to 
softening, thermal degradation and thermal 
decomposition leading to failure in the event of fire. 
Most polymer matrix systems soften at elevated 
temperatures (80°C < T < 200°C) due to their 
inherently low glass transition temperatures. When 
exposed at high temperatures such as those created 
by fire (T > 300°C), fibre/polymer composites 
decompose into volatiles and/or char. It has been 
demonstrated that the structural survivability of 
composite engineering structures relies on the 
composite resisting deformation and failure, rather 
than on the avoidance of flaming combustion [3]. 
Thus, the thermal softening of the polymer matrix is 
the dominant process controlling the structural 
behavior of fibre/polymer composites in high 

temperature and fire environments. At elevated and 
high temperatures, the degradation of the polymer 
leads to inefficient stress transfer between the matrix 
and fibres hence structural property deterioration. 
 
When used in GLARE, the relatively low softening 
temperatures coupled with comparatively short burn 
through times for aluminum alloys and the inherent 
flammability of fibre/polymer laminates necessitates 
a requirement for these hybrid composites to pass 
stringent fire tests before they can be incorporated 
into fire-prone engineering structures. However, the 
experimental qualification of varied configurations 
and geometries of hybrid fibre/polymer/aluminum 
composites is labor-intensive and costly. The 
development of analytical or numerical models that 
can be used to predict the fire structural performance 
of hybrid fibre/polymer/aluminum composites such 
as GLARE is a research area of interest.  
 
The authors are currently developing predictive 
models for the fire structural performance of 
GLARE composites. As part of this exercise, it is 
critical to understand fire structural behaviors of 
materials that constitute GLARE namely 
fibre/polymer laminates and aluminum alloys. In this 
paper, the thermo-mechanical behaviors of a select 
aluminum alloy (5083-H116) and E-glass/vinyl ester 
(GVE) composite laminate system were 
independently characterized via experimental testing 
with the data used to validate the predictive fire 
structural models.  
 
2 Thermal and Fire Structural Modeling 
2.1 Thermal Modeling of Aluminum 
The modeling approach considers an aluminum plate 
subjected to axial compression loading and one-
sided transient heating by fire. The temperature 
through the plate is calculated using heat conduction 
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where ρ is the density of aluminum. The subscripts: 
x, y and z, refer to the through-thickness, in-plane 
and transverse directions of the plate. The thermal 
conductivity, k (which is dependent on the alloy 
series) is related to temperature according to [4]: 
 

19007.0 += Tk (W/m°C);                                      [2] 
(for 1xxx, 3xxx, 6xxx alloys); and,                       
 

1401.0 += Tk (W/m°C)                                    [3] 
(for 2xxx, 4xxx, 5xxx, 7xxx alloys)                    
 
The alloy series-independent specific heat, Cp, of 
aluminum increases linearly with temperature [4]: 
 

90341.0 += TCp  (J/kg/°C)                     [4] 

 
The thermal boundary condition at the fire exposed 
surface is specified by the heat flux (q"): 
 

0,
0

s
x

q
x

T
k ′′=

∂
∂−

=

                 [5] 

 
The net heat flux (radiant and convective) at the fire 
exposed aluminum surface is calculated by: 
 

( ) ( )sconvsrads TThTqq −+−′′=′′ ∞ 0,
4

0, σε                      [6]                        

 
where radq ′′  is the radiant incident heat flux from the 

fire; ε is the emissivity of aluminum; convh is the 

convective heat enthalpy; Ts is the fire-exposed 
surface temperature of the aluminum plate; and ∞T    
is the reference temperature (usually 20°C). 
  
The boundary condition on the unexposed side of 
the aluminum is also assumed to consist of 
convective and radiant components: 
 

( ) ( )LsconvLsSBLs TThTTq .
4
,

4
, ∞∞ −+−=′′ εσ                  [7] 

 
where SBσ is the Stefan-Boltzmann constant. 

Using this thermal analysis, it is possible to calculate 
the temperature at any location in an aluminum plate 
when exposed to transient heating conditions. 
 
2.2 Structural Modeling of Aluminum 
The structural response of an aluminum plate under 
combined compression loading and one-sided 
heating by fire is determined mainly by the 
reduction in the time-independent mechanical 
properties (Young’s modulus, yield stress) for short 
failure times, which involves high applied loads and 
temperatures. The temperature at which creep effects 
become important is generally considered to be half 
the melting temperature of aluminum. Modeling the 
fire structural response of aluminum for loading and 
temperature conditions that result in relatively long 
times-to-failure (typically above several minutes and 
temperatures above 170°C) therefore requires time-
dependent creep analysis. 
 
Maljaars et al. [1] developed a creep-based model to 
predict the critical temperature for the onset of 
failure of compression-loaded aluminum sections 
exposed to fire. They showed that this temperature 
corresponds to a critical creep strain, at which point 
the aluminum will begin to fail by plastic buckling. 
A similar approach is used in this paper for 
analyzing the fire structural response of aluminum.  
 
The total in-plane compressive strain (ε) in 
aluminum when exposed to combined elastic 
compression loading and one-sided heating by fire is 
the sum of the mechanical elastic strain ( elε ) and 

creep strain (εc) less the tensile strain caused by 
thermal expansion (αε ): 
 

( ) ( ) ),(,)(, TtTtTTt cel αεεεε −+=                          [8] 
 
where the time-independent elastic strain is simply 
determined by: 
 

)(
)(

TE
Tel

σε =                                                         [9] 

 
where σ is the applied elastic stress and E is the 
Young’s modulus which is a function of 
temperature. The thermal expansion tensile strain is 
calculated by: 
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( )∞−= TTTt αεα ),(                                           [10] 
        
where the temperature (T) is time-dependent due to 
the transient thermal nature of fires and α is the 
thermal expansion coefficient for aluminum: 
 

4629 105.4105.2210 −−− ×−×+= TTα                 [11] 
 
Several models exist to calculate creep strain, εc [5-
7], and used here is the Dorn-Harmathy creep model 
[8] which predicts the strain during the primary and 
secondary creep stages: 
 

( ) 












= +

+
0,

III,2
IIIII, coth

c

c
c t

ε
ε

εε &                                  [12] 

 
The tertiary creep stage is not considered in the 
analysis because the aluminum under compression 
loading does not fail by creep-induced rupture. In 
Eqn. 12, εc,0 is the projection back to zero time of 
the secondary creep strain curve and IIε& is the 
steady-state strain rate during the secondary creep 
stage, which depends on the applied stress and 
temperature. The effects of applied stress and 
temperature during secondary creep are analyzed 
using an Arrhenius-type relationship:  
 

)/(
IIII

IIII RTQn
c eA −= σε&                                              [13] 

 
where AII is a pre-exponential material parameter for 
secondary creep; nII is the fitted secondary creep 
exponent; QII is the creep activation energy; and R is 
the Boltzmann constant. T is the absolute 
temperature, which is calculated using the transient 
thermal analysis described above (equations 1-7).  
 
The creep strain at zero time, εc,0, is considered by 
Maljaars et al. [1] to depend on stress only. 
However, εc,0 is actually a function of both stress 
and temperature, and the creep parameters must be 
calculated using a stress-temperature decoupling 
approach similar to that defined for the secondary 
creep strain rate in Eqn. 13: 
 

)/(
I0,

II RTQn
cc eA −= σε                                           [14] 

 

where AI is a material parameter for primary creep; 
nI is the material exponent for primary creep; and QI 
is the activation energy for primary creep. The creep 
parameters of the material must be determined by 
creep testing.  
 
The creep strain history of aluminum under 
compression loading can be calculated by iteratively 
solving Eqn. 12 for increasing temperature and time 
for the transient heating conditions of fire. The 
model predicts an asymptotic increase in strain 
caused by excessive creep softening when the 
applied stress and fire temperature conditions exceed 
the critical limit. This creep softening induces a 
mechanical instability that causes the aluminum 
plate to failure by buckling.  
 
In the modeling, the creep strain at which failure is 
observed must be calibrated with one experimental 
condition. This creep strain value is sensitive to 
several variables, most notably the presence of 
imperfections in the aluminum plate (particularly 
out-of-plane waviness from sheet forming) as well 
as the loading and thermal boundary conditions. 
(The calibration conditions used in this study were a 
heat flux of 35 kW/m2 and an applied stress of 50 
MPa, although any heat flux and stress level would 
be suitable for calibration). The modeling approach 
predicts the critical temperature and time for the 
onset of excessive creep softening that leads to 
buckling failure of compression-loaded aluminum 
exposed to fire. 
 
2.3 Thermal Modeling of GVE Composites 
A 1D heat transfer model was used to calculate the 
temperature rise in the through-thickness direction 
of the GVE laminate due to heat flow into the 
composite material from the radiant heater. This 
model was originally developed by Henderson et al. 
[9, 10] and later modified by Gibson et al. [11]. The 
analysis has been described in numerous papers [12-
20] and therefore is only briefly explained here. The 
1D governing equation for the laminate substrate is 
expressed as: 
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The first term on the right hand-side represents heat 
conduction into the laminate from the radiant heater. 
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The second term describes the mass flow of volatile 
products generated by decomposition of the polymer 
matrix into the atmosphere. A third term analyses 
the heat absorbed during thermal decomposition of 
the polymer matrix, which is assumed to be an 
endothermic reaction process. The fibres are 
considered to be thermally inert at the exposure 
temperatures investigated.  
 
The temperature profile through-the-thickness of the 
laminate and the extent of thermal degradation of the 
polymer matrix are calculated using the thermal 
model described by Eqn. 15. During thermal 
decomposition of the polymer matrix, the phase 
states present within the laminate are the fully 
decomposed (char) phase represented by the mass 
fraction, fchar, and the virgin (un-decomposed) phase 
represented by the mass fraction, fvirgin. Assuming 
that there is no significant change in the volume of 
the laminate due to this phase change, the 
instantaneous mass fraction of solid material present 
at any time in relation to the original mass of virgin 
material can be calculated using: 
 

charvirgin

charf
ρρ

ρρ
−

−=                                                  [16] 

 
If the mass density is assumed to follow rule-of-
mixtures, then: 
 

)()( charcharvirginvirgin fff ρρ +=                             [17] 

 
The thermal conductivity and specific heat capacity 
of the laminates are respectively calculated using: 
 

( ) ( )TfTfT charcharvirginvirginC λλλ +=)(                    [18] 

 
( ) ( )TCfTCfTC charPcharvirginPvirginp ,,)( +=             [19]                                                  

 
where the first term on the right hand side of 
equations 18 and 19 represents the contribution from 
the virgin phase while the second term represents the 
contribution from the char phase.  
 
Matrix decomposition is assumed to follow a single-
stage Arrhenius rate equation of the form: 
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The order of reaction, n, is assigned a value of unity 
in this study; i.e. decomposition follows first-order 
reaction kinetics. Mass-loss kinetic (Arrhenius) 
parameters are determined from TGA data. 
 
2.4 Structural Modeling of GVE Composites 
The temperature profile in the through-thickness 
direction of the laminate as a function of exposure 
time to the fire is calculated first. This is then 
followed by the second and final step of calculating 
the strength and failure under axial compression 
loading. Various mechanical models can be applied 
in this step to calculate the load response of the hot 
laminate [12, 13], although in this study the average 
strength-based analysis by Feih et al. [14-16] is 
used. Feih and colleagues developed a strength-
based model that can be applied to a laminate under 
combined one-sided heating and static compression 
[14] or tension [15] loading to predict softening and 
failure. The analysis involved with these models is 
described in detail elsewhere [14, 15], and therefore 
is only briefly outlined here.   
 
In the analysis of a hot, decomposing laminate under 
compression loading, Feih et al. [14] assume that the 
reduction in compressive strength in the through-
the-thickness direction due to thermal softening and 
decomposition is dependent on the temperature 
profile. The analysis involves determining the local 
strength at many locations through the laminate 
based on the local temperature. At any location in 
the laminate, the local strength is related to the local 
temperature by:   
 

'

)())(tanh(
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)()0()()0( n
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C TRTTT













−Φ

−
−

+
=

σσσσ
σ    [21] 

 
The first term on right-hand considers thermal 
softening of the laminate, which is assumed to occur 
over as a single-stage brittle-to-rubbery phase 
transformation of the polymer matrix. The 
parameters - 5.0)()( ,,, TRCoC Φσσ  - must be measured 

or derived from isothermal compressive strength 
tests on the laminate over the temperature range of 
interest. The second term considers further depletion 
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due to matrix decomposition, where the term Rrc is 
the residual mass fraction of polymer in the 
decomposing laminate. The exponent n' to Rrc(T) is 
dependent on the relationship between polymer 
decomposition and residual strength, and is assumed 
to equal 3. Rrc is calculated using Eqn. 20 based on 
changes in material density due to decomposition.   
 
After the local compressive strengths have been 
calculated at a number of locations through the 
laminate, the bulk (average) compressive strength is 
determined using the Simpson integration technique: 
                                                                                                      

∫=
h

av dxx
h 0

)(
1 σσ                                         [22] 

 
where: 
 

[ ])()(4)(2...)(2)(4)(
3

)( 12210
0

yyy

h
xxxxxx

b

h
dxx σσσσσσσ ++++++= −−∫

 [23]             

 
In Eqn. 23, b defines an even number of locations 
where the local compressive strength values are 
calculated, and was set at 50 in this study. Equation 
22 is solved for increasing increments of time to 
calculate the reduction in the average compressive 
strength of the laminate substrate with increasing 
exposure time to fire. The time-to-failure is 
calculated using the fire exposure time needed for 
the average strength of the laminate to reduce to the 
applied compressive stress. This failure criterion 
assumes that at this point all the ply layers in the 
laminate fail in compression at the same time. 
 
3 Experimental 
3.1 Materials and Experimental Methods 
A 5xxx aluminium alloy (5083-H116; China Steel) 
was used to validate the modelling approach. This is 
a non-age-hardenable alloy with the following 
mechanical properties at room temperature: Young’s 
modulus (70 GPa), proof strength (260 MPa) and 
ultimate strength (360 MPa). Test specimens were 
cut from rolled 5083 sheet, with the specimen axis 
parallel to the rolling direction.  
 
Glass-vinyl ester laminates were used to validate the 
model. The laminates were fabricated from plain 
woven E-glass fabric (800 g/m2) and vinyl ester 
resin (Derakane 411-350; Ashland Composite 
Polymers). The laminates were produced using the 

vacuum bag resin infusion process, and then cured 
under ambient conditions (20°C, 55% RH) followed 
by an elevated temperature post-cure (80°C for 2 h). 
The laminates had a fibre volume fraction of 55%.  
 
3.2 High Temperature Static Testing: Aluminum  
Tensile tests were performed on the 5083 Al under 
iso-thermal conditions over the temperature range of 
25-400°C to determine the softening of the elastic 
modulus and proof strength. The tensile specimens 
were dog-bone shaped coupons with a necked gauge 
section of 8.0 mm wide, 10.2 mm thick and 600 mm 
long. The specimens were loaded in tension 
according to ASTM B557 specifications. The 
specimens were centrally heated over a 100 mm 
section of the gauge region using a temperature-
controllable heating device. This device prevented 
heating of the grips and load cell of the tension 
machine (100 kN MTS). Specimens were allowed to 
equilibrate at the test temperature prior to loading at 
a cross-head speed of 2 mm/min.  
 
Iso-thermal creep tests were performed on the 
aluminum using the same dog-bone shape specimen 
as used for the tension tests. The specimens were 
held at zero stress at the creep test temperature until 
they reached thermal equilibrium, and were then 
loaded to the creep test stress. Creep tests were 
performed at constant temperatures between 300 and 
400°C and constant stress levels between 50 and 90 
MPa. Material parameters describing the primary 
and secondary creep stages were determined.  
 
Transient state creep tests were carried out using a 
similar methodology to the static creep tests. The 
aluminum was loaded to a constant elastic stress (50 
MPa) while the temperature was increased at a 
controlled rate of 12°C/min until rupture. The test 
results were used to validate the creep material 
parameters derived from isothermal creep tests for 
transient thermal conditions for creep. 
 
3.3 Fire Structural Testing: Aluminum  
Rectangular aluminum specimens were loaded 
axially in compression while being heated from one 
side using an electric radiant heater as shown in 
Figure 1. The specimens were 50 mm wide, 10.2 
mm thick, and 470 mm long; although only 100 mm 
of the mid-section was exposed to the heater while 
the rest of the specimen was thermally insulated. 
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The distance between the heater and specimen was 
25 mm. The specimens were coated with heat 
resistant black paint to achieve high thermal 
emissivity of 0.9.  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 1: Schematic of the fire structural test set-up 
for aluminum plates or GVE composites. 
 
While under load, the specimens were exposed to 
constant incident heat fluxes (35 or 50 kW/m2) using 
a 500 W conical radiant heater which heated the 
center of the specimen to maximum temperatures of 
about 280 and 360°C, respectively. The temperature 
profiles as a function of exposure time are shown in 
Figure 2. 

 

 
 

 
 

 
 

 

 
 
Figure 2: Temperature profiles measured at the 
center (i.e. one-half of the specimen length) of the 
aluminum test specimen as a function of exposure 
time for heat fluxes of 35 and 50 kW/m2. 

A constant compression load was applied to the 
specimens using a 250 kN MTS machine at between 
10 and 90% of the Euler buckling stress at 20°C 
(105 MPa) while being exposed to radiant heat. 
Axial and out-of-plane deformations of the specimen 
due to thermal expansion and buckling were 
measured. Out-of-plane displacements were 
measured using a linear variable differential 
transformer (LVDT). The LVDT probe is made out 
of a ceramic material in order to prevent 
measurement errors due to thermal expansion when 
in contact with the heated specimen. LVDT 
measurements were used to define the initiation of 
failure, which corresponded with the start of 
irreversible in-plane and out-of-plane deflections of 
the aluminum test article due to plastic buckling. 
The time and temperature at which this deflection 
instability commenced was taken to define failure 
initiation. The time and temperature when the 
specimen collapsed due to excessive softening and 
distortion were also measured.   
 
3.4 Fire Structural Testing: GVE Composites  
The fire structural tests on GVE laminates (600 mm 
long, 50 mm wide and 10 mm thick) were conducted 
using the same fixture described for aluminum 
plates. The specimens were insulated with an inert 
ceramic fibre material (Fibrefrax® 550K) except for 
a 100 mm section at the center, which was exposed 
directly to the heat source. A 500 W conical radiant 
heater operated at an incident heat flux of 50 kW/m2 
was used as the heat source. The heat source was 
located 25 mm from the test specimen, and both 
were aligned in the vertical orientation. While 
exposed to the heat source, the specimens were 
loaded to a constant compressive stress using a 250 
kN MTS machine fitted with a smoke exhaust 
system. Specimens were tested at different 
compressive load levels between 10 and 90% of the 
buckling stress at room temperature (21 MPa). The 
time the specimen can sustain the combined heating 
and applied load is the failure time and was used to 
validate the model. Two specimens were tested for 
each fire structural condition. Further details on this 
fire structural test method are given by Feih et al. 
[14-16]. Temperature measurements were taken 
during testing at the exposed surface, mid-thickness 
of the laminate, and the unexposed laminate surface 
using K-type thermocouples. 
 

ICCM19 5413



 

 

MODELING THE FIRE STRUCTURAL PERFORMANCE OF 
ALUMINUM AND REINFORCED POLYMER COMPOSITES

0 1000 2000 3000 4000 5000 6000
0.0

0.1

0.2

0.3

0.4

0.5
(b)

335 oC

350 oC

400 oC

375 oC

300 oC

C
re

ep
 s

tr
ai

n

Time (s)

0 500 1000 1500 2000 2500 3000 3500 4000
0.0

0.1

0.2

0.3

0.4

0.5
(a)

60
 M

P
a

50
 M

P
a

65
 M

P
a

90
 M

P
a

80
 M

P
a

C
re

ep
 s

tr
ai

n

Time (s)

3.9 4.0 4.1 4.2 4.3 4.4 4.5 4.6
-14

-12

-10

-8

-6

-4
(b)

ln
 ε

. II

ln σ
c

0.0014 0.0015 0.0016 0.0017 0.0018
-13

-12

-11

-10

-9

-8

-7

-6
(a)

ln
 ε. II

1/T (K-1)

4 Results and Discussion 
4.1 Fire Structural Response: Aluminum  
The creep-based model to analyze the structural 
response of aluminum to fire requires creep property 
data. Creep strain-time curves measured for the 5083 
Al alloy under different temperature and stress 
conditions are shown in Figure 3.  

 
 

 
 

 
 

 
 

 

 

 
 

 
 

 
 
 

 

 
 
Figure 3: Creep curves at (a) different stress levels at 
constant temperature of 350ºC and (b) different 
temperatures at constant stress load of 50 MPa. 
 
The steady-state creep strain rate (IIε& ) was 
determined from these curves, and its natural 
logarithm is plotted against the reciprocal of 
absolute temperature or the natural logarithm of 
compressive stress in Figure 4 to calculate the 
activation energy (QII = 1.23 × 105 J/mol), exponent 
(nII = 5.05 MPa(-5.05)), and pre-exponential factor (AII 
= 0.0027 s-1) for secondary creep. These parameters 
are used in solving the creep model. 

 
 

 
 

 
 

 
 

 
 

 

 
 

 
 

 
 

 
 

 
 

 
 

 

 
 
Figure 4: Plots of (a) lnIIε&  versus 1/T for constant 

stress; 50 MPa and (b) lnIIε& versus ln σc at 350 °C. 
 
The model requires the creep strain value at zero 
time (εc,0), which must also be experimentally 
determined. Like IIε& , εc,0 is a function of both stress 
and temperature, and parameters describing this 
relationship are calculated using a stress-temperature 
decoupling procedure. A plot of ln εc,0 against ln σc 
(Figure 5) yields a slope, nI, which is equivalent to -
4.16 MPa(4.16). ln εc,0 is plotted against the reciprocal 
of absolute temperature in Figure 5 to calculate the 
apparent activation energy for primary creep (QI = 
2.83 × 104 J/mol). A 3D fitting procedure utilizing 
the experimental stress-temperature dependent creep 
strain at zero time and a curve fitting minimization 
algorithm were used to calculate AI = 1.81 × 108. 

ICCM19 5414



 
MODELING THE FIRE STRUCTURAL PERFORMANCE OF 
ALUMINUM AND REINFORCED POLYMER COMPOSITES

0.0015 0.0016 0.0017 0.0018

-3.6

-3.2

-2.8

-2.4

-2.0
(a)

ln
 ε c,

0

1/T (K-1)

3.8 3.9 4.0 4.1 4.2 4.3 4.4 4.5 4.6
-8

-6

-4

-2

0
(b)

ln
 ε c,

0

ln σ
c

0 100 200 300 400 500
0.00

0.02

0.04

0.06

0.08

0.10

0.12

C
re

ep
 s

tr
ai

n

Temperature (0C)

0 500 1000 1500 2000

0

 
 

 
 

 
 

 
 

 
 

 
 

 
 

 
 

 
 

 
 

 
 

 

 
 

εc,0  versus 1/T for Figure 5: Plots of (a) ln 
constant stress; 50 MPa and (b) ln εc,0 versus ln σc at 
350 °C. 
 
The values for the creep parameters measured under 
isothermal and constant stress conditions for the 
5083 Al alloy are given in Table 1.  
 
Table 1: Creep dependent parameters 
 
 
 
 
 
 
 
 
 
To assess the reliability of these parameters for 
transient temperature conditions representative of a 
fire, the creep behavior of the aluminum under non-

uniform heating was determined. This is necessary 
because the creep process may be dependent on the 
heating rate of the aluminum. The specimen 
temperature was increased at a constant rate of 
12°C/min, and the evolution of creep strain with 
increasing temperature and time is shown in Figure 
6. The calculated creep strain (using the isothermal 
creep parameters) is plotted with the experimental 
creep strain data. Good agreement is observed 
between the experimental and calculated creep 
strains, thereby validating the creep parameters for 
the transient heating conditions that occur in fire.  

 
 

 
 
Figure 6: Transient creep test and simulation at σ = 
50 MPa, and heating rate = 12 ºC/min 
 
4.2   Creep Failure in Fire 
Failure is defined by two critical events that occur 
while the compression-loaded aluminum is exposed 
to fire: (i) initiation of buckling signaled by a 
reversal to the in-plane distortion response of the 
plate and (ii) final structural collapse signaled by the 
sudden and irreversible increase to the in-plane and 
out-of-plane displacements of the plate. Figure 7 
shows the in-plane and out-of-plane displacements 
of aluminum specimens over the course of fire 
structural tests performed under low load/low heat 
flux conditions (Figure 7a) and high load/high heat 
flux conditions (Figure 7b). The in-plane 
displacement initially increases due to thermal 
expansion of the aluminum plate while the out-of-
plane displacement is negligible because the plate 
remains aligned with the load direction.  

Parameter 5083-H116 
A I (-) 1.81 × 108 
nI (MPa4.161) -4.16 
QI (J/mol) 2.83 × 104 
A II (s

-1) 2.74 × 10-3 
nII (MPa-5.051) 5.05 
QII (J/mol) 1.23 × 105 
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Figure 7: Failure criterion: (a) initiation of buckling 
signaled by reversal to the in-plane displacement and 
(b) total structural collapse indicated by unstable in-
plane displacement and out-of-plane buckling. 
 
At some critical time and temperature during the test 
the in-plane displacement starts to reverse and this is 
accompanied by a small increase in the out-of-plane 
displacement. This is identified in Figure 7 as the 
‘buckling instability’ point, which signifies the 
beginning of irreversible plastic buckling of the 
aluminum plate. The plate initially buckles stably 
under low load/low heat flux conditions due to the 
slow creep softening process whereas buckling is 
unstable under high load/high heat flux conditions 
due to rapid creep. Unstable buckling is 
distinguished by the sudden drop in the in-plane 
displacement and rapid rise in the out-of-plane 
deflection of the plate. The plate is unable to support 
the applied load with the onset of unstable buckling, 
and this point is identified by the ‘buckling collapse’ 

point in Figure 7.  There is a significant difference in 
the time-to-failure between the initiation of the 
buckling instability and final collapse of the plate 
under low heat fluxes and/or low load conditions. 
However, at high loads and/or high heat fluxes the 
difference is insignificant because final collapse 
quickly follows the initial instability of the plate. For 
each test condition, two times-to-failure are thus 
established.  
 
 
The effect of applied compression stress and heat 
flux on the failure times of the aluminum plate is 
shown in Figure 8. The heat fluxes of 35 and 50 
kW/m2 generated maximum temperatures of about 
280 and 360°C, which cause significant loss in 
stiffness and strength of the aluminum. The data 
points in Figure 8 show the experimental failure 
times measured in the fire structural test. Figure 8 
shows, as expected, that the failure time increase 
when the compression stress or heat flux is reduced. 
The reduction is due primarily to a slowing of the 
creep rate. The curves in Figure 8a and 8b show 
respectively predictive failure times for the onset of 
‘buckling instability’ and ‘final collapse’ using the 
creep-based fire model. In the model, buckling 
instability and final collapse were assumed to occur 
when the creep strain reached 12 × 10-6 and 33 × 10-
6, respectively.  These values were obtained from 
calibration conditions already discussed in Section 
2.2. The model provides a good prediction of the 
failure times at a heat flux of 50 kW/m2. Average 
percent errors in failure time predictions were 
calculated to be 10 and 15% for ‘buckling 
instability’ and ‘final collapse’ at this heat flux. At 
these relatively high heat fluxes (which are more 
representative of intense fires) the model can almost 
accurately predict compression failure due to creep. 

 
The creep model can also predict the critical 
temperatures that correspond to the initiation and 
final failure of the aluminum plate by buckling. 
Figure 9 presents comparisons of the measured and 
calculated temperatures at which buckling instability 
begins and when the plate finally collapses. The 
agreement is good. It is envisaged that the model can 
be used in the fire assessment of compression-loaded 
aluminum structures. In the use of aluminum in high 
fire risk structural applications in ships, aircraft and 
civil infrastructure (e.g. buildings, bridges), it is 
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important to accurately predict using a robust model 
the failure time and temperature for different fire 
scenarios and load conditions.  
 
The model described in the paper is still to be 
validated on intermediate scale aluminum structures 
exposed to fire. For these tests, the ratio of heated 
area to specimen area is significantly larger, thus 
resulting in higher temperatures for the same heat 
flux due to lesser conductive losses along specimen 
edges away from the heat source. The temperatures 
achieved will be close to the temperatures 
representative of real fire scenarios.  
 

 

 
 

 
 
 

 
 

 

 
 
 
 
 
 
 
 

 
 

 
 

 
 
 

 
 
 
Figure 8: Effects of heat flux and applied 
compression stress on the failure times of the 
aluminum plate. The curves show the theoretical 
predictions using the creep fire model. (a) Failure 
defined by initiation of buckling. (b) Failure defined 
by buckling collapse of the plate. 
 

 
 

 
 
 

 
 

 

 
 
 
 
 

 
 
 

 
 

 

 
 
 
Figure 9: Comparison of the calculated and 
measured failure temperatures of the aluminum 
plate. (a) Failure defined by initiation of buckling. 
(b) Failure defined buckling collapse of the plate. 
 
4.3 Fire Structural Response: Composites  
The modeling approach for predicting structural 
failure of laminates was validated by comparing 
calculated time-to-failure values against 
experimental failure times for GVE specimens 
loaded in compression while exposed to one-sided 
radiant heating. Calculated and experimental failure 
times for GVE laminates under compression loading 
are shown in Figure 10. As expected, the failure 
times increase when the applied stress is reduced.  
 
The model predicts the general trend of increasing 
failure time with decreasing stress level, although 
the agreement with the experimental data is (in most 
cases) not exact. There are several reasons for the 
inability of the modeling approach to accurately 
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calculate the failure times under compression. One 
of them is that the model only provides an 
approximate calculation of the temperature in the 
laminate, although highly accurate predictions of the 
temperature profile is required due to the strong 
dependency of the failure time on the temperature, 
especially for compressive failure which occurs in a 
shorter time. Several assumptions used in the model 
also affect the accuracy of the failure times, 
including the assumption that failure does not occur 
in a progressive fashion, heat-induced delaminations 
do not affect the failure time, simplified strength-
mass loss correlation, and time-dependent creep 
softening of the polymer matrix and fibres is 
ignored. Despite the many simplifying assumptions, 
the modeling approach provides an approximate 
estimate of the failure times for GVE laminates.  

 
 
 
 
 
 
 

 
 

 
 

 
 
Figure 10: Measured and predicted failure times for 
laminates tested in compression at 50 kW/m2. 
Experimental is represented by data points while 
solid lines represent theoretical time-to-failure 
predictions. 
 
5 Conclusions  
A creep-based analytical procedure based on the 
original work of Maljaars et al. [1] has been used to 
model the softening, deformation and failure of non-
age-hardenable aluminum alloys under combined 
compression loading and one-sided transient heating 
by fire. The model can predict the times and 
temperatures for the onset and final failure of 
aluminum plate by buckling. The good agreement 
between the experimental and analytical results 
shows the model can be applied with confidence to 
predict buckling failure of aluminum columns when 

exposed to high temperature fire. The simplicity of 
the constitutive model implementation makes it 
attractive for the design analysis of fire-threatened 
aluminum structures. However, the validation of the 
model was limited to a simple aluminum plate 
structure. For more complex structures, finite 
element based numerical analysis using the creep 
model can lead to accurate predictions of the 
deformation and failure times. The development of a 
numerical model to assess the structural response of 
compression loaded aluminum specimens in fire is a 
subject for further research. 
 
A modeling approach to predict the thermal 
response, softening and failure of GVE laminates 
when exposed to fire has been validated. The 
modeling approach provides an approximation of the 
temperature rise, softening and failure of the 
composite laminate when exposed to combined one-
sided radiant heating and axial compression. The 
failure times predicted using the model are 
approximate, but not exact, due to simplifying 
assumptions made in the analysis. It is expected that 
better accuracy in the failure time predictions could 
be achieved by improved analysis, such as modeling 
of three-dimensional gas flow, delamination 
cracking, and creep-induced elasto-plastic flow of 
the laminate. While the modeling approach only 
gives approximate estimates of the softening and 
failure time of the laminate, it provides the 
foundation for further development of the analysis to 
improve predictive accuracy. 
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1 Introduction 

Composite materials manufactured using 

textile architectures are receiving a growing interest 

in the field of advanced structural applications. One 

of the reasons is related to the fact that the 

microstructure of fiber preforms can be tailored to 

satisfy specific needs in terms of mechanical 

performance. Other advantages include (i) ease of 

handling for automation, (ii) virtual elimination of 

interlaminar surfaces making them less sensible to 

delamination effects, and (iii) the ability to be 

draped or directly woven in complex shapes [1]. 

Most textile composites are manufactured using 

matrix injection/infusion, or thermoforming. In order 

to increase the fiber volume fraction in the 

composite to improve its mechanical performances, 

the preform is usually compacted before adding the 

matrix. Thus, complex yarn shapes can be generated 

during the manufacturing process, with (i) local 

variations of both the section and the fiber volume 

fraction in the yarns [2;3], (ii) random shifts and 

nesting between the layers [2;4;5], and/or (iii) 

complex contact regions between the yarns. The 

shape and orientation of the yarns and their 

interaction have an important influence on the local 

strain/stress distributions of the composite under 

mechanical loading, as well as on damage initiation 

and propagation [8-10]. For instance, it has been 

shown in different studies that the nesting between 

the layers of a multilayered textile composite has to 

be taken into account since it can lead to different 

damage initiation conditions, and different patterns 

of damage progression [10-13]. Therefore, at the 

mesoscale (the scale of the smallest Representative 

Volume Element (RVE) describing the interlacing of 

warp and weft yarns), it is extremely important to 

generate geometries with yarn shapes as close as 

possible to reality. 

Several automated tools have been proposed 

throughout the last decade able to generate 

geometrical models of fabric reinforcements, and 

covering a huge variety of weaving patterns [14-17]. 

However, most of them are not able to take into 

account the preforming step of the fabric. Therefore, 

an idealized geometric model of the fabric is 

commonly adopted, resulting in resin rich areas that 

are bigger than those observed experimentally. In 

this case, higher fiber volume fractions than 

observed in reality have to be used inside the yarns 

(even non-physical values greater than 90%) to 

preserve the overall fiber volume fraction in the 

composite (typically between 50 and 60%). Yarn 

shapes closer to those of the real composite can be 

obtained from Finite Element (FE) modeling of the 

dry fabric preforming [6;19-22]. These methods are 

used in this work to create geometries of a slightly 

unbalanced four-layer plain weave fabric, 

compacted to different thicknesses, and with 

different types of nesting between the layers. 

A technique frequently used to mesh meso-scale 

RVEs is the voxelisation [28;29]. The main 

advantage of this method lies in its simplicity since 

the meshing can be carried out in only a few 

operations regardless of the complexity of the 

geometry. However, it can provide an extremely 

rough and mesh-dependent representation of local 

stress and strain fields, especially at material 

interfaces, leading to bad predictions of damage 

onset. In this work, an algorithm recently developed 

at ONERA [23], able to mesh any kind of deformed 

preform as well as the injected matrix complement 

(section 2.1), is used to generate RVE meshes that 

are consistent at the contact zones (section 2.2). The 

algorithm avoids the need for introduction of 
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artificial matrix layers to avoid meshing problems 

close to the contact regions, as done for instance in 

[12;24-27].  

As far as the modeling of damage at the mesoscale is 

concerned, approaches based on continuum damage 

mechanics have been often used to simulate the 

damage mechanisms [8;24;26]. The advantage of 

these methods is that they are based on damage 

variables able to predict the degraded stiffness 

without introducing cracks directly into the mesh, 

thus making the computation simpler compared to 

methods based on fracture mechanics. Being usually 

combined with well established failure criteria, 

continuum damage models show, in general, robust 

damage detection. However, when it comes to 

damage propagation the calculations can show non-

physical behaviors [26]. In this case, damage 

modeling based on fracture mechanics seems to be 

necessary to predict the behaviour of a woven 

composite structure. 

The purpose of this work is to present the FE tools 

developed at ONERA for the evaluation of the 

effects of mesoscale damage on the mechanical 

performances of a woven composite part. First, the 

generated RVEs are used to calculate the 

homogenized macroscopic elastic constants of the 

composite using a volumetric homogenization 

technique. Then, the local strain distributions 

obtained using meso-FE simulations are compared 

with those obtained experimentally using stereo 

digital image correlation (section 3). Finally, 

microscopic observations have been carried on the 

tested specimens to characterize the sequence of 

intra-yarn transverse damage. Based on these 

experimental observations, discrete intra-yarn 

transverse cracks are inserted into the yarns of the 

RVE, perpendicular to the loading direction (section 

4). This is done using the crack insertion algorithm 

developed by Chiaruttini et al. [30]. The effects of 

mesoscale transverse damage on the macroscopic 

mechanical properties of the composite are 

evaluated et compared with the experimental data 

(section 5). Although the development of the method 

is still at an early stage, the obtained results are quite 

encouraging, thus confirming the applicability of the 

procedure for future damage analyses of woven 

polymer matrix composites. 

 

2 Numerical modeling 

2.1 Generation of consistent meshes 

The automated method for the generation of smooth 

FE meshes of mesoscale RVEs is based on a first 

detection of the contact zones between the yarns of a 

preformed and compacted reinforcement [23] (see 

section 2.2). This is done via a parametric 

representation of the yarn surfaces, which may have 

arbitrary shapes. First, a group of lines L1n following 

the fiber direction of the yarn, and sampled with n 

points Pi1, are defined on the yarn surface. Then, at 

each point Pi1 a section Si  is defined that runs once 

around the yarn, ending at its starting point, such 

that the sections Si do not cross or touch each other. 

Either the line or section group is chosen in such a 

way that the yarns (LB to LG on Fig. 1) in contact 

with a given yarn (LA on Fig. 1) are represented by a 

group that is approximately perpendicular to the 

lines belonging to the yarn under consideration.  

The proposed yarn surface representation is used to 

detect the contact zones between yarns. Contact 

points are created at the half distance between the 

closest points of the lines belonging to the yarns 

under consideration if the distance is below a certain 

tolerance tol. The result of this algorithm is the 

definition of contact zones based on the contact 

points assigned to the yarn surfaces. An example of 

contact points detected on the upper surface of a 

yarn is shown in Fig. 1. The color of the contact 

points indicates the yarn to which they are in 

contact. Then, the yarn surfaces are resampled such 

that each yarn surface contains the contact points 

that are assigned to it, as shown in Fig.2. This is 

done for all the yarns of the RVE. 

The grid shown in Fig. 2 seems to allow for an 

immediate representation of the yarn surfaces by 

quadrilateral elements, by using the lines and 

sections as element edges. However, the four points 

are almost never coplanar. Therefore, each 

quadrilateral is divided into two triangles by taking 

into account the contours of the different contact 

zones. The generated yarn surface meshes are 

composed of triangles that are exactly the same in 

the regions of contact, and the contact points sharing 

the same position are finally merged. An algorithm 

able to create the yarn and matrix contours on the 

external surfaces of the unit cell was developed 

based on the yarn surface representation of Fig. 2. In 
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this way, a consistent FE mesh composed of closed 

surfaces is obtained, which can be filled with 

tetrahedrons using an automated volume meshing 

algorithm. The result for a compacted and nested 

layup of a four-layered plain weave fabric with 

injected matrix is shown in Fig. 3. The element size 

of the mesh depends on the sampling of the yarn 

surfaces. 

2.2 Application to a multi-layer compacted and 

nested plain weave layup 

The algorithm presented in section 2.1 is used to 

generate a consistent FE mesh of a nested and 

compacted RVE of a four-layered composite with 

the matrix complement injected by resin transfer 

molding (RTM). In the real composite, the fabric 

layers are shifted randomly with respect to each 

other due to the manufacturing process. From the 

same architecture different weaving patterns of the 

fabric can be extrapolated, as shown in Fig. 4. For a 

single ply these patterns are strictly equivalent if 

periodic boundary conditions are applied in the 

plane of the fabric. 

Three different RVEs were generated for this work. 

In the first one, A-type weaving patterns are stacked 

on top of each other without generation of nesting 

between the layers. In the second one, A-type and B-

type weaving patterns are stacked alternatingly to 

produce maximum nesting [5] between the layers. 

This RVE is shown Fig. 5. In the third one, four 

random-type weaving patterns are stacked to 

generate a random shifting between the layers. The 

compaction of the dry fabric during the performing 

step in the mold is simulated using FE modeling 

(ABAQUS), and a Coulomb friction law is assumed 

between the yarns in contact. The adopted procedure 

is the same as in [20;21] with a simplified 

mechanical behaviour for the yarns [20], which in 

the case of compaction yields qualitatively good 

yarn shapes. Fig. 5 shows the result of the 

preforming step on a four-layered plain weave RVE 

having maximum nesting, compacted from an initial 

thickness of 2.9 [mm] to a final thickness of 1.6 

[mm]. Periodic boundary conditions are applied to 

the yarn extremities. The local yarn orientations are 

obtained by projection of the yarn center line, and 

assigned to each integration point. 

The compacted geometry is then meshed using the 

procedure presented in section 2.1, to obtain the 

RVE shown in Fig. 3. The yarn volume fraction of 

the RVE (total volume occupied by the yarns 

divided by the total volume of the unit cell) is 52.0% 

in the non-compacted state and 87.3% in the 

compacted one. Therefore, in order to obtain a total 

fiber volume fraction in the composite of 60% (a 

typical value for compacted fabrics), the fiber 

volume fraction in the yarns would have to reach an 

unphysical value of 115% if a non-compacted 

geometry is used, as done in [10;12;24;28]. The 

same problem was encountered by Ivanov et al. [18], 

for braided fabrics. If a compacted unit cell is used, 

as the one shown in Fig. 3, the fiber volume fraction 

in the yarns has to be 68.7% in order to reach 60% 

of total fiber volume fraction in the composite, 

which is quite a realistic value. 

The RVEs used in section 4 and 5 to evaluate (i) the 

homogenized macroscopic elastic constants of the 

composite, (ii) the local strain distributions, and (iii) 

the effects of mesoscale transverse damage on the 

macroscopic mechanical properties of the 

composite, were obtained using the proposed 

procedure. Grail's algorithm [23] is used to generate 

the FE mesh for both the fabric and the matrix 

complement. Periodic BCs can easily be applied 

since opposite external surfaces of the mesh are 

perfectly equivalent. In this study, periodic boundary 

conditions are applied in the plane of the fabric only, 

whereas the top and bottom surfaces are free. 

Isotropic elastic behaviour is adopted for the matrix 

and transverse isotropic elastic behaviour for the 

yarns. The yarn properties are determined by means 

of micromechanical analyses, as done by Melro et 

al. in [24]. The aim of the microscale modeling and 

homogenization is the calculation of the elastic and 

strength parameters of a representative volume 

element at the microscale to obtain a linear-elastic 

behaviour law for the homogenized yarn applicable 

at the mesoscale. The fiber orientation at each 

integration point is obtained by projection of the 

yarn center line extracted from the compaction 

modeling. 

3 Experimental analyses 

Experimental tests were carried out at ONERA for 

different four-layer plain weave fabric composites 

under uni-axial static tensile load to (i) determine the 

local strain distributions in the plies and (ii) 

characterize the onset and patterns of progressive 

damage mechanisms. Plain fabric architecture was 

chosen because it is the smallest pattern commonly 
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used, which simplifies the comparison between 

experimental analyses and numerical simulations. 

The properties of the plain fiberglass fabric used in 

the experimental tests are reported in Tab. 1. The 

fibers are made of E-Glass fibers. The epoxy matrix 

is the Araldite LY564 produced by Huntsman. 

Different specimens have been tested under different 

kind of loadings, e.g. monotonic and incremental 

loadings. An example of incremental loading applied 

during the experimental tests is shown in Fig. 6. In 

contrast to unidirectional composites, the yarn 

interlacing pattern in textile composites causes 

heterogeneous strain fields with large strain 

gradients around the yarn crimp regions. Therefore, 

classical electrical resistance strain gauges do not 

provide an adequate spatial resolution and only a 

full-field strain measuring technique with high 

spatial resolution and strain sensitivity can be 

applied to determine local strain profiles. For this 

reason, the local strains on the composite surface 

have been measured using stereo digital image 

correlation, as done, e.g., in [32].  

These distributions are compared in section 5 with 

the results obtained from meso-FE simulations. In 

order to understand the local damage behaviour, 

both acoustic emission and microscopic analyses 

have been used. This instrumentation allows for 

detecting the damage initiation locations in the 

composite and its propagation. Moreover, 

microscopic observation of the tested composite 

laminates gives information on the sequence of 

intra-yarn transverse damage occurrence 

(perpendicular to the load direction), and the 

subsequent interface debonding between the yarns, 

at different locations in the laminate, starting from 

crack initiation to the final failure of the composite 

[8]. For all the tested specimens, the number of 

visible cracks transverse to the loading direction (s 

= number of cracks/mm2) and the total length s 

(mm/mm2) were measured. In case of specimens 

subjected to incremental loadings, s and s are 

calculated at each loading step, as shown in Fig. 6 

for a specimen subjected to 9 steps of applied stress 

in the weft direction before failure. A microscopic 

analysis has been performed on the same specimen 

to characterize the damage phenomena. The damage 

observed just before failure is shown in Fig. 7 (this 

image was not taken at the failure location). Intra-

yarn transverse cracking is observed due to the 

coalescence of micro-decohesions between fibers 

and matrix, whereas matrix cracking at the meso-

scale is not detected. However, plastic zones are 

detected (see Fig. 7) at the crack tips, indicating that 

non-linear behaviours, i.e. viscoplasticity, should be 

taken into account in the mechanical modeling of the 

matrix. 

4 Discrete damage modeling 

In the proposed procedure, discrete damage in the 

form of cracks is introduced in the RVE. Thus, the 

influence of damage on the local stress state can be 

directly observed. Moreover, this method allows the 

introduction of damage in the RVE as it is observed 

on the real specimen since the cracks can be 

counted, measured and localized on the composite. 

In this paper the attention is restricted to the 

modeling of intra-yarn transverse cracking, and 

inter-yarn micro decohesion at the crack's tips. 

Transverse cracks are generated by the coalescence 

of micro-decohesions between fibers and matrix due 

to transverse loading, as shown in Fig. 7 for a 

specimen composed of E-Glass fibers and epoxy 

matrix LY564. These cracks never cut the fibers. 

The crack front can be represented using planes 

cutting the yarn, as shown in Fig. 8. The cracks are 

inserted using the algorithm developed by 

Chiaruttini et al. [30]. This algorithm allows the 

simulation of complex crack growth phenomena, 

and one of the advantages of this approach is that 

almost any kind of cracks can be introduced in very 

complex meshes. It is based on the modification of 

an initial undamaged finite element mesh that is 

refined in the vicinity of the crack front. The first 

stage of the procedure is the design of a suitable 

geometry that represents the surface of the crack 

itself. This geometry is represented by a surface 

mesh made of linear triangular elements. In this 

work, the cracks are supposed to be perpendicular to 

the loading direction. In the second stage of the 

procedure the volume mesh of the uncracked 

structure is adapted to the crack geometry. A volume 

remeshing operation is then applied to the complete 

mesh. Zones of micro-decohesion are automatically 

generated around the crack tips, as shown in Fig. 9. 

These zones depend on the element size close to the 

crack tips. It is important to remark that only the 

yarns are cut and not the matrix complement. 

Special treatments are also performed on element 
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faces during the procedure to cope with the crack 

front intersection and some topological difficulties 

that could arise for highly curved cracks. The 

obtained mesh is finally rebuilt using an adaptive 

remeshing strategy to eliminate bad quality elements 

and to provide a suitable discretization for accurate 

finite element solution and stress intensity factors 

computation. This approach has been implemented 

in the Z-Set (ZéBulon) finite element software co-

developed by the École des Mines de Paris, NW 

Numerics and Onera. 

 

5 Results 

The purpose of this section is to show the capacity 

of the proposed finite element procedure to evaluate 

the effects of mesoscopic damage on the 

macroscopic mechanical properties of the material. 

The first part of the analysis concerns linear meso-

FE simulations to calculate the macroscopic elastic 

constants of the undamaged material by periodic 

homogenization. This part also allows the analyses 

of the influence of nesting on the macroscopic in-

plane elastic moduli of the RVE, and the analysis of 

the internal stress/strain fields of the material under 

load. The mechanical properties of the fibers (E-

Glass) are: Ef = 72.4 [GPa], f = 0.2. The properties 

of the Araldite LY564 matrix provided by the 

manufacturer are: Em = 3.2 [GPa], m = 0.35. The 

fiber volume fraction of the composite estimated 

experimentally is 47%. The unit cell dimensions of 

the fabric on the warp and weft directions are, 

respectively, 9.12 mm et 10 mm, and its thickness is 

1.65 mm. At the mesoscopic scale the behaviour of 

the RVE is orthotropic, with the three directions of 

orthotrophy corresponding to the warp, weft, and 

thickness directions. The FE software ZéBulon was 

used for the simulations. Three RVEs were 

generated and analyzed, as explained in section 2.2. 

The FE meshes are composed of quadratic 

tetrahedral elements with standard full integration. 

The elastic moduli of the yarns, calculated by 

micromechanical analyses as explained in section 

2.2, are shown in Tab. 2, where Tf is the fiber 

volume fraction used at the microscale, L is the fiber 

direction, and T is the direction transverse to the 

fibers. The fiber volume fraction Tf of the yarns 

provides a global fiber volume fraction in the RVE 

of 47%. The homogenized macroscopic elastic 

constants of each RVE are calculated using a 

volumetric homogenization technique. The results 

are shown in Tab. 3, where the index "1" represents 

the weft direction, and the index "2" represents the 

warp direction. The elastic properties obtained (i) 

numerically by taking into account different types of 

nesting between the layers, (ii) analytically using the 

Mori-Tanaka method (MT) adapted to woven 

composite materials [32], and (iii) by means of the 

experimental analyses presented in section 3, are 

shown in Tab. 3. All the results are quite close, 

meaning that the influence of nesting on the 

homogenized macroscopic elastic constants is 

negligible. 

The strain distributions obtained numerically are 

shown in Fig. 10 and Fig. 11, respectively for the 

deformations (loading direction) and . The 

strain patterns obtained considering (a) random, (b) 

maximal, and (c) no nesting between the plies are 

quite different, meaning that the real nesting 

between the layers has to be taken into account in 

the study of damage onset and propagation, as 

concluded by Grail in [23]. This is due to the fact 

that the strains are concentrated mainly on the resin 

rich areas of the composite. These zones depend on 

the assumed nesting between the layers. The strain 

distributions obtained by stereo digital image 

correlation are also reported in Fig. 10d and Fig. 

11d. The RVE with random nesting between the 

layers yield the strain fields that are closest to the 

experimental results. 

Discrete damage was introduced in the RVE with 

random distribution between the layers in order to be 

as close as possible to the data obtained 

experimentally. Transverse damage was introduced 

in the RVE based on the fracture surfaces observed 

experimentally. The number of cracks inserted in the 

RVE are based on the number of visible cracks 

transverse to the loading direction (s = number of 

cracks/mm2) observed by means of microscopic 

observations, and the damage locations are chosen 

progressively based on the regions of maximum 

strain.  The inserted cracks are supposed to cross 

instantaneously the complete RVE as for 

conventional multilayered composite laminates. 

However, for woven composite materials the cracks 

can stop anywhere due to the more complex 

geometry of the preform. This information can be 

obtained experimentally using computed 

tomography. However, this technique was not 
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available during the experimental analyses carried 

out for this work. The evolution of the elastic moduli 

as function of the crack density s have been 

investigated both numerically and experimentally, 

and the results for the elastic modulus E11 are shown 

in Fig. 12. The elastic moduli were calculated for 

each loading step by means of linear regression on 

the elastic regions of the stress/strain curve. A 

virtual gauge composed of four adjacent RVEs was 

used to calculate the average strains measured by 

stereo digital image correlation. The experimental 

results show small oscillations in the trends of the 

elastic moduli as function of crack density, as shown 

in Fig. 12 for the elastic modulus E11. A virtual 

gauge composed of a larger number of RUCs was 

also adopted on the stereo digital image correlation 

data to control whether these oscillations are 

concentrated locally. These additional analyses 

confirmed the first trend of data, meaning that these 

oscillations concern the entire surface of the 

specimen. The numerical results are in good 

agreement with the experiments. However, the 

numerically calculated curves are more regular than 

the experimental ones. This confirms that the 

proposed tools are promising for the prediction of 

damage effects on the macro-mechanical properties 

of woven composite structures. For the sake of 

clarity, the average strains of the stress-strain curve 

associated to the behavior shown in Fig. 12 are 

calculated by means of a virtual gauge covering an 

area of the specimen that did not reach failure. In 

areas where failure is reached, (i) interface 

debonding between the yarns, (ii) longitudinal intra-

yarn cracking, and finally (iii) fiber failure have to 

be taken into account in the discrete damage 

modeling of the RVE.  

 

6 Conclusions 

The method presented in this work allows for 

automated generation of consistent FE meshes of 

meso-scale composite unit cells with deformed, 

compacted, and nested textile reinforcements. The 

multiple complex contact zones between yarns are 

correctly described and meshed consistently without 

the need for inserting an artificial matrix layer 

between the yarns. The yarn surface representation 

is smooth, allowing for an accurate prediction of the 

stress distribution, which is crucial for the modeling 

of damage onset and evolution. The procedure was 

illustrated for different four-layered plain weave 

fabric composites under elementary loadings on the 

plane of the fabric. The obtained deformation fields 

were compared qualitatively with the strain fields 

obtained experimentally by stereo digital image 

correlation. The strain fields calculated by means of 

meso-FE analyses are in good agreement with the 

experimental data only if random-type weaving 

patterns are stacked to generate random shifts 

between the layers of the RVE. The macroscopic 

elastic constants calculated numerically by means of 

volumetric homogenization were also evaluated. All 

RVEs provide results that are in good agreement 

with the experimental data. Hence, the nesting 

between the layers seems to have a negligible 

influence on the calculation of the elastic properties 

of the material. Furthermore, effects of mesoscopic 

damage on the macroscopic elastic properties of a 

RVE with random nesting have been analyzed. The 

results were also compared with available 

experimental data. The module loss in the direction 

of the loading due to intra-yarn transverse cracking 

was analyzed in detail. The developed tools provide 

trends that are quite similar to those obtained 

experimentally. Future improvements of discrete 

damage modeling in woven composite RVEs will 

take into account interface debonding between the 

yarns, intra-yarn longitudinal cracking, and fiber 

breaking to provide appropriate predictions of the 

structural behavior until failure. 
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Fig. 1. Yarn surfaces represented using a group of lines L 

and sections S, with detection of the contact zones 

between the yarns. 

 

 

Fig. 2. Resampled yarn surface with contact zones. 

 

 

Fig. 3. FE mesh of a nested and compacted RVE of a 

four-layered plain weave fabric with half of the injected 

matrix visualized. 
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Fig. 4. Representations of the different weaving patterns 

that can be extrapolated from the same weave 

architecture. 

 

 

Fig. 5. FE simulation of the compaction during the 

preforming step of 4 layers of plain weave fabric with 

out-of-phase stacking. 
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Fig. 6. Example of incremental loading applied in the 

weft direction of a specimen during the experimental 

tests. 
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Fig. 7. Damage observed on a specimen subjected to 

incremental loading on the weft direction of the 

composite. 

 

 

 

Fig. 8. Cutting planes representing the crack fronts inside 

the RVE (only the yarns are cut). 
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Fig. 9. Decohesion zones around the crack's tips. 

 

 

 

Fig. 10: Strain field 11 obtained on the upper surface of 

four adjacent RVEs subjected to a traction load on the 

weft direction (11 = 90 MPa): nesting (a) random, (b) 

maximal, and (c) zero. These fields are compared with the 

strain distributions obtained by means of the stereo digital 

image correlation technique (d). 
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Fig. 11: Strain field 22 obtained on the upper surface of 

four adjacent RVEs subjected to a traction load on the 

weft direction (11 = 90 MPa): nesting (a) random, (b) 

maximal, and (c) zero. These fields are compared with the 

strain distributions obtained by means of the stereo digital 

image correlation technique (d). 
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Fig. 12: Experimental and numerical investigation of the 

effect of transverse damage on the module E11 as function 

of the crack density s. 

 

 

 

 
 

Paramètres Unité Valeurs 

Densité linéaire des 

torons 

Tex 1200 

Contexture chaînes.cm
-1

x 

trames.cm
-1

 

2.2x2 

Masse surfacique g.m
-2

 504 

Tab. 1. Properties of the plain fiberglass fabric used for 

the experimental tests. 

 

 

Nesting 

Tf  on 

the 

yarns 

(%) 

EL 

(GPa) 

ET 

(GPa) 

GLT 

(GPa) 
LT TT 

zero 62.24 45.94 11.94 8.67 0.309 0.397 

max 56.92 42.30 10.28 7.56 0.318 0.418 

random 56.88 42.15 10.23 7.52 0.318 0.419 

Tab. 2: Elastic properties calculated for the yarns of the 

different RVEs based on the nesting between the yarns. 

 

Method Nesting 
E11 

(GPa) 

E22 

(GPa) 

G12 

(GPa) 
12 23 

EF zero 21.5 22.7 6.63 0.14 0.40 

EF max 21.3 22.6 6.60 0.14 0.41 

EF random 20.9 22.4 6.47 0.13 0.41 

MT random 21.2 22.6 6.46 0.12 0.42 

Tests / 21.04 x x 0.13 x 

Tab. 3: Macroscopic elastic properties of the four-layer 

plain architecture obtained (i) numerically (EF) by taking 

into account different types of nesting between the layers, 

(ii) analytically (MT) [32] et (iii) experimentally. 
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1 Introduction

The idea of tailoring the structural performance of com-
posite laminates by spatially varying the point-wise fibre
orientations over the planform has been explored since the
early 1990’s. For example, the work by Hyer & Lee [1]
and Hyer & Charette [2] showed that such variable angle
tow (VAT) laminates can improve the stress concentration
around holes by arranging the fibres in the direction of load
paths. In recent years the use of fibre re-inforced compos-
ites in primary aircraft structures has led to increased in-
terest in VAT technology. Numerous works have shown
that tailoring the in-plane stiffness of a plate allows pre-
buckling stresses to be re-distributed to supported regions
and thereby improve the buckling behaviour [3–7]. In this
manner VAT technology has been shown to improve the
buckling performance of a composite fuselage window sec-
tion by 12% compared to an equivalent straight-fibre lam-
inate [8] and alleviate the pressure pillowing of fuselage
sections [9]. Recent results by Wu et al. [10] show that
VAT plates with linear fibre variations can be designed
to exhibit smaller stiffness reductions in the post-buckling
regime than their straight-fibre counterparts. What is more,
the optimum fibre orientations for increasing the buckling
load are similar to those for minimising the transverse dis-
placement in the post-buckling regime [11].

Currently the major technology for manufacturing VAT
laminates is the automated fibre placement (AFP) tech-
nique develeoped in the 1980’s. AFP uses a robotic fi-
bre placement head that deposits multiple pre-impregnated
tows of "slit-tape" allowing cutting, clamping and restart-
ing of every single tow. While the robotic head follows a
specific fibre path, tows are heated shortly before deposi-
tion and then compacted onto the substrate using a special
roller. Due to the high fidelity of current robot technol-
ogy AFP machines can provide high productivity and han-
dle compex geometries [12]. However, AFP steers tows by
bending the fibres causing local fibre buckling on the inside
radii of the curved tow, consequently limiting the steering
radius of curvature [13]. Furthermore, if individual tows
are placed next to each other by shifting the reference path
along a specific direction, tow gaps and overlaps are in-

evitably required to cover the whole surface. To overcome
the drawbacks of AFP the continuous tow shearing tech-
nique (CTS) was developed which uses shear deformation
to steer fibres at the point of application [14]. This tech-
nique not only allows much tighter radii of curvature but
tow gaps and overlaps are also avoided by tessalating tows
on the substrate [14]. One of the drawbacks of CTS is that
in order to maintain the volume fraction of fibre the thick-
ness of a tow inherently increases as it is sheared. The re-
lation between unsheared tow thickness t0 and sheared tow
thickness tθ is,

tθ =
t0

cosθ
(1)

where θ is the shearing angle of the tow. Consequently the
thickness of a ply may locally increase by a factor of 4 if
the fibre tow is sheared through an angle of 75◦, the effects
of which are currently unaccounted for in buckling optimi-
sation studies. Furthermore, since composite laminates are
more affected by transverse shear effects than isotropic ma-
terials these local areas of increased thickness make predic-
tions of the buckling behaviour using Classical Laminate
Analysis (CLA) [15] overly conservative [16,17]. Buckling
optimisation algorithms using the Finite Element method
(FEM) can become computationally expensive, and do not
readily shed physical insight into the fundamental mecha-
nisms in which thickness variations may enhance the buck-
ling behaviour. For this reason a reduced 2D equivalent
single-layer formulation for the flexural behaviour of VAT
plate incorporating transverse shear effects was developed
[18]. Indeed, it was shown that CLA predictions result in
discrepancies of over 15% for thickness to length ratios of
1:20. Thus, considering the extent of thickness variation
possible using CTS, transverse shear effects need to be in-
corporated if the spatial fibre distribution is to be optimised
accurately for buckling and post-buckling behaviour.

In this work, the buckling behaviour of VAT plates with
linear fibre variations manufactured using the CTS tech-
nique is analysed using the aforementioned 2D equivalent
single-layer formulation. Section 2 outlines the theoreti-
cal background of the model. In Section 4, the governing
equations are solved in the strong form for various load
and boundary conditions and validated by 2D FEM and 3D
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FEM techniques. Finally, conclusions are drawn in Section
5.

2 Theory

2.1 Modelling of variable thickness cross-
section

Linear fibre variations can conveniently be defined by the
notation θ = φ < T0|T1 >, where φ denotes the rotation of
the fibre path with respect to the x-axis, while T0 and T1
are the fibre angles at the ply centre and a characteristic
length d from the centre respectively [3]. To fill the plan-
form the fibre trajectories are then shifted perpendicular to
the steering direction φ . A 90 <0|70> VAT layer is drawn
schematically in Figure 1. 

 
 

lx = l 

l y 
= 

l 

y 

x 
T0 

T1 

t0 = 1  
tθ = 3  

Tool Surface 

1
  

1
  2

  
2
  

Figure 1: CTS manufactured 90 < 0|70> layer with ref-
erence path shifited in the x-direction, showing
fibre orientations and thickness variations

The thickness variation produced by CTS means that the
VAT laminate now resembles a flat plate on one side and a
cylindrical shell on the other. If this 3D structure is com-
pressed onto an equivalent single-layer coincident with the
mid-plane at each point, the reference layer will resemble
a thin cylindrical shell (Curve 1 in Fig. 1). In the present
theory the hypothesis is made that the VAT laminate con-
tinues to behave as a flat plate with the reference surface
coincident with the mid-plane of the nominal (unsheared)

laminate thickness (Curve 2 in Fig. 1). Thus, the equiva-
lent single-layer is assumed to behave as a non-symmetric
laminate in areas of increased thickness. As a first approx-
imation we do not attempt to solve the coupled stetching-
bending problem but use the more straightforward, albeit
less accurate technique, of substituting the reduced stiff-
ness matrices A∗=A−B−1DB and D∗=A−B−1DB [19],
and reduced flexibility d∗ = D∗−1 in the equations for the
symmetric equations derived in the following sections.

2.2 Variational formulation including trans-
verse shear stress

In the present theory, the constitutive equations between in-
plane forces, bending moments, in-plane strains and cur-
vatures that underpin CLA are originally retained. Fur-
thermore, we assume linear variations of in-plane stresses
through the laminate thickness. Writing the equations for
a symmetric laminate in inversed notation the stresses at a
given location z are given by,

~σk = Q̄k

[
a~N + zd~M

]
(2)

(3)

where a and d are the in-plane and bending flexibilities
respectively. The transverse shear stresses are derived by
integrating the in-plane stresses Eq. (2) in Cauchy’s equi-
librium equations in the thickness z-direction. The con-
stants of integration are eliminated by enforcing boundary
conditions of shear stress continuity at each ply interface.
As a result, the effect of the thickness is condensed onto
an equivalent single-layer coincident with the mid-plane.
Thus for a symmetric laminate the transverse shear stress
for a particular layer k is given by [20],

~τk =−C
[
Āk(x,y,z)

(
a~N
)
+ B̄k(x,y,z)

(
d~M
)]

(4)

where

Āk(x,y,z) = Q̄k (z− zk−1)+
k−1

∑
j=1

Q̄j
(
z j− z j−1

)
(5)

B̄k(x,y,z) =
1
2

Q̄k
(
z2− z2

k−1
)
+

1
2

k−1

∑
j=1

Q̄j
(
z2

j − z2
j−1
)

(6)

and C =


∂

∂x
0

∂

∂y

0
∂

∂y
∂

∂x

 (7)

By observing Eqs. (5) and (6) it can be seen that Āk and B̄k
respectively define the partial in-plane stiffness and partial
coupling stiffness terms up to the ply k under consideration.
Under pure transverse loading the in-plane load resultants
~N vanish and Eq. (4) reduces to,

~τk =−CB̄kd~M (8)

2ICCM19 5431



Equilibrium equations for a VAT panel in pure bend-
ing including the effects of transverse shear deformation
are derived using the Hellinger-Reissner mixed variational
principle. By definition the total potential energy of the 3D
system is given by,

Π =
1
2

∫ ∫ ∫ (
~σT~ε +~τT~γ +σzεz

)
dxdydz−∫ ∫

(σnun + τnsus + τnzw)dsdz (9)

The variation of the functional Π must vanish in such a
manner that transverse equilibrium is satisfied. The shear
stress resultants Vx and Vy are related to the transverse load
intensity p by the following equilibrium equation,

∂Vx

∂x
+

∂Vy

∂y
+ p = 0 (10)

Following Reissner’s mixed variational principle [21] this
is achieved by adding Eq. (10) to the variation of the func-
tional Π as a constraint using a Lagrange multiplier λ (x,y).
Thus,

δ

{
1
2

∫ lx

0

∫ ly

0

∫ zn

z0

(
~σT Q̄−1

k ~σ +~τT Ḡ−1
k ~τ
)

dzdydx

−
∫ zn

z0

∮
Γ

(σnun + τnsus + τnzw)dsdz

+
∫ lx

0

∫ ly

0
λ

(
∂Vx

∂x
+

∂Vy

∂y
+ p
)

dydx
}
= 0 (11)

2.3 Governing equations for bending
After substituting Eq. (2) into Eq. (11) the variations with
respect to the unknown fields ~M and Lagrange multiplier
λ (x,y) are performed using the calculus of variations. The
derivations are presented in detail in [18]. Thus,

δΠ =
∫ lx

0

∫ ly

0

[
d~M(δ ~M)+

(
~αM+~αx ∂M

∂x
+~αy ∂M

∂y
+

~αxx ∂ 2M
∂x2 +~αyy ∂ 2M

∂y2 +~αxy ∂ 2M
∂x∂y

)
δM +

∂ 2λ

∂x2 (δMx)+2
∂ 2λ

∂x∂y
(δMxy)+

∂ 2λ

∂y2 (δMy)(
∂ 2Mx

∂x2 +2
∂ 2Mxy

∂x∂y
+

∂ 2My

∂y2 + p
)
(δλ )

]
dydx +∮

Γ

[(
~βM+~β x ∂M

∂x
+~β y ∂M

∂y

)
δM+(λ − w̄)δVn

− nx

(
∂λ

∂x
+ ū′x

)
δMx−

{
ny

(
∂λ

∂x
+ ū′x

)
+

nx

(
∂λ

∂y
+ ū′y

)}
δMxy−ny

(
∂λ

∂y
+ ū′y

)
δMy

]
ds

(12)

where nx and ny are the directional cosines of the tangent
vector to the boundary curve Γ, and ~α and ~β terms are 3x3

matrices that represent the shear coefficients of the present
theory. To guarantee that δΠ = 0 the coefficients of the
variations of ~M, Vn and λ must equate to zero in both the
double and the line integrals. In this manner, the governing
field equations are derived from the double integrals and
the pertinent boundary conditions from the line integrals,

δMx : (d11 +α11)Mx +(d12 +α12)My +(d16 +α13)Mxy

+α
x
11

∂Mx

∂x
+α

x
12

∂My

∂x
+α

x
13

∂Mxy

∂x
+α

y
11

∂Mx

∂y
+α

y
12

∂My

∂y

+ α
y
13

∂Mxy

∂y
+α

xx
11

∂ 2Mx

∂x2 +α
xx
12

∂ 2My

∂x2 +α
xx
13

∂ 2Mxy

∂x2

+ α
yy
11

∂ 2Mx

∂y2 +α
yy
12

∂ 2My

∂y2 +α
yy
13

∂ 2Mxy

∂y2 +α
xy
11

∂ 2Mx

∂x∂y

+ α
xy
12

∂ 2My

∂x∂y
+α

xy
13

∂ 2Mxy

∂x∂y
=−∂ 2w

∂x2 (13a)

δMy : (d12 +α21)Mx +(d22 +α22)My +(d26 +α23)Mxy

+ α
x
21

∂Mx

∂x
+α

x
22

∂My

∂x
+α

x
23

∂Mxy

∂x
+α

y
21

∂Mx

∂y
+α

y
22

∂My

∂y

+ α
y
23

∂Mxy

∂y
+α

xx
21

∂ 2Mx

∂x2 +α
xx
22

∂ 2My

∂x2 +α
xx
23

∂ 2Mxy

∂x2

+ α
yy
21

∂ 2Mx

∂y2 +α
yy
22

∂ 2My

∂y2 +α
yy
23

∂ 2Mxy

∂y2 +α
xy
21

∂ 2Mx

∂x∂y

+ α
xy
22

∂ 2My

∂x∂y
+α

xy
23

∂ 2Mxy

∂x∂y
=−∂ 2w

∂y2 (13b)

δMxy : (d16 +α31)Mx +(d26 +α32)My +(d66 +α33)Mxy

+ α
x
31

∂Mx

∂x
+α

x
32

∂My

∂x
+α

x
33

∂Mxy

∂x
+α

y
31

∂Mx

∂y
+α

y
32

∂My

∂y

+ α
y
33

∂Mxy

∂y
+α

xx
31

∂ 2Mx

∂x2 +α
xx
32

∂ 2My

∂x2 +α
xx
33

∂ 2Mxy

∂x2

+ α
yy
31

∂ 2Mx

∂y2 +α
yy
32

∂ 2My

∂y2 +α
yy
33

∂ 2Mxy

∂y2 +α
xy
31

∂ 2Mx

∂x∂y

+ α
xy
32

∂ 2My

∂x∂y
+α

xy
33

∂ 2Mxy

∂x∂y
=−2

∂ 2w
∂x∂y

(13c)

δλ :
∂ 2Mx

∂x2 +2
∂ 2Mxy

∂x∂y
+

∂ 2My

∂y2 =−p (13d)

Thus, the flexural behaviour of the plate for a specific
transverse loading p is described by four unknown fields
Mx, My, Mxy and w that are related by the four differential
equations (13). Eqs. (13a) - (13c) include differential terms
of Mx, My and Mxy multiplied by various ~α coefficients that
can be interpreted as transverse shear flexibilities. The dis-
placement boundary conditions are derived from the coef-
ficients in the line integral,

δMx : β11Mx +β12My +β13Mxy +β
x
11

∂Mx

∂x
+β

x
12

∂My

∂x
+

β
x
13

∂Mxy

∂x
+β

y
11

∂Mx

∂y
+β

y
12

∂My

∂y
+β

y
13

∂Mxy

∂y
−nx

∂w
∂x

= nxū′x (14a)
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δMy : β21Mx +β22My +β23Mxy +β
x
21

∂Mx

∂x
+β

x
22

∂My

∂x
+

β
x
23

∂Mxy

∂x
+β

y
21

∂Mx

∂y
+β

y
22

∂My

∂y
+β

y
23

∂Mxy

∂y
−ny

∂w
∂y

= nyū′y (14b)

δMxy : β31Mx +β32My +β33Mxy +β
x
31

∂Mx

∂x
+β

x
32

∂My

∂x
+

β
x
33

∂Mxy

∂x
+β

y
31

∂Mx

∂y
+β

y
32

∂My

∂y
+β

y
33

∂Mxy

∂y
−nx

∂w
∂y
−

ny
∂w
∂x

= nxū′y +nyū′x (14c)

δVn : λ = w̄ = w (14d)

which have to be applied if the force boundary conditions
Mx = M̄x, My = M̄y, Mxy = M̄xy or Vn = V̄n are not specified.

3 Solving the buckling problem
Since the in-plane stiffness matrix A varies spatially from
point to point, even constant applied edge loads or dis-
placements will result in non-uniform in-plane stress dis-
tributions ~σx(x,y), ~σy(x,y) and ~σxy(x,y) [4]. It is impor-
tant to accurately determine the in-plane stress distribution
in order to accurately solve the linear buckling eigenvalue
problem. By observation of Cauchy’s in-plane equilibrium
equations,

∂ ~σx

∂x
+

∂ ~σxy

∂y
+

∂ ~σxz

∂ z
= 0

∂ ~σxy

∂x
+

∂ ~σy

∂y
+

∂ ~σyz

∂ z
= 0

the varying stress distributions ~σx(x,y), ~σy(x,y) and
~σxy(x,y) for a VAT plate under pure in-plane loading may
require transverse shear stresses to satisfy equilibrium.
However, in the present work the effect of transverse shear
stresses on the pre-buckling problem is assumed to be neg-
ligible. Thus substituting the equations for the in-plane
load resultants ~N from CLA, where u and v are the mid-
plane deformations in the defined x- and y- directions re-
spectively,

Nx = A11
∂u
∂x

+A12
∂v
∂y

+A16

(
∂u
∂y

+
∂v
∂x

)
(15a)

Ny = A12
∂u
∂x

+A22
∂v
∂y

+A26

(
∂u
∂y

+
∂v
∂x

)
(15b)

Nxy = A16
∂u
∂x

+A26
∂v
∂y

+A66

(
∂u
∂y

+
∂v
∂x

)
(15c)

into the in-plane equilibrium equations written in terms of
the stress resultants,

∂Nx

∂x
+

∂Nxy

∂y
= 0 and

∂Nxy

∂x
+

∂Ny

∂y
= 0 (16a-b)

we get,

A11u,xx +2A16u,xy +A66u,yy +A16v,xx +(A12 +A66)v,xy+

A26v,yy +
(
A11,x +A16,y

)
u,x +

(
A16,x +A66,y

)
u,y+(

A16,x +A66,y
)

v,x +
(
A12,x +A26,y

)
v,y = 0 (17a)

A16u,xx +(A12 +A66)u,xy +A26u,yy +A66v,xx +2A26v,xy+

A22v,yy +(A16,x +A12,y)u,x +
(
A66,x +A26,y

)
u,y+(

A66,x +A26,y
)

v,x +(A26,x +A22,y)v,y = 0 (17b)

which can be solved for u and v by prescribing the bound-
ary conditions u = ū or Nxy = N̄xy on x, u = ū or Nx = N̄x
on y, v = v̄ or Ny = N̄y on x, and v = v̄ or Nxy = N̄xy on
y. Once u and v are known under the prescribed bound-
ary conditions the in-plane stress resultants are found using
Eq. (15). Thus, by replacing the transverse pressure p in
Eq. (13d) by the out-of-plane components of the in-plane
stress resultants,

∂ 2Mx

∂x2 +2
∂ 2Mxy

∂x∂y
+

∂ 2My

∂y2 =−Nx
∂ 2w
∂x
−2Nxy

∂ 2w
∂x∂y

−Ny
∂ 2w
∂y

the buckling problem of Eqs. (13) can be solved. Re-
cently, the Differential Quadrature Method (DQM) has
been shown to be a fast, accurate and computationally effi-
cient technique for solving the variable coefficient, higher
order differential equations [7, 18]. Differential quadrature
is a numerical discretization technique that approximates
the partial derivatives of a functional field with respect to a
specific spatial variable using a linear weighted sum of all
the functional values in the domain. For example, the nth

partial derivative at the ith discretization point is,

∂ n f (xi)

∂xn = A(n)
i j f (x j) i = 1,2, . . . ,N

where xi is the set of discretization points in the x-
direction, typically defined by the non-uniform Gauss-
Labotto-Chebychev distribution,

xi =
1
2

[
1− cos

(
i−1
N−1

π

)]
, i = 1,2, ...,N (18)

An
i j are the weighting coefficients of the nth derivative

and repeated index j means summation from 1 to N. The
weighting coefficients are determined by approximating
f (x) using test functions. In this work, Lagrange polyno-
mials defined by Quan & Chang [22] are used,

gk(x) =
M(x)

(x− xk)M(1)(xk)
, k = 1,2, . . . ,N

where M(x) =
N

∏
j=1

(x− x j), M(1)(xi) =
N

∏
k=1,k 6=i

(xi− xk)

⇒ A(1)
i j =

1
x j− xi

N

∏
k=1,k 6=i, j

xi− xk

x j− xk
, for i 6= j

and A(1)
ii =

N

∑
k=1,k 6=i

1
xi− xk

(19)
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The higher order weighting coefficients are then ob-
tained by direct matrix multiplication: [A(m)] =

[A(1)][A(m−1)], m = 2,3, . . . ,N − 1 [23]. Thus, a dif-
ferential equation is reduced to a system of algebraic
equations and the unknown functional values at each grid
point are found by solving the system of equations with
the appropriate boundary conditions. Thus the in-plane
problem Eqs. (17) is re-written as,[

K1u K1v
K2u K2v

](
u
v

)
=

(
0
0

)
⇒ K~U = 0 (20)

and once u and v are known across the plate, the general
eigenvalue problem defined by Eqs. (13) is solved,


K11 K12 K13 K14
K21 K22 K23 K24
K31 K32 K33 K34
K41 K42 K43 K44

−λ


0 0 0 0
0 0 0 0
0 0 0 0
0 0 0 N





Mx
My
Mxy
w


= (K−λN)~X = 0 (21)

where λ is the buckling eigenvalue, K is a matrix of DQ co-
efficients, bending flexibilities and shear coefficients, ~X the
vector of unknown functional values at the grid points, and
N a matrix of DQ coefficients and pre-buckling in-plane
stress resultants. The boundary equations can be discre-
tised in a similar fashion and then applied using Shu & Du’s
general approach [24]. Here the discretised mesh is sep-
arated into grid point values ~Xb on the boundary and grid
point values ~Xi in the interior. Applying the discretised field
equations at the interior points and the discretised boundary
conditions at the boundary points we get,

[Kib] · ~Xb +[Kii] ·~Xi = λ [Nii]~Xi (22)

[Kbb] · ~Xb +[Kbi] ·~Xi = 0 (23)

∴
{
[Kii]− [Kib][Kbb]

−1[Kbi]−λ [Nii]
}
~Xi = 0 (24)

and thus the buckling eigenvalue and mode shape is found.

4 Results and Model Validation
The derived model was used to simulate the buckling be-
haviour of a square VAT plate with unit in-plane dimen-
sions (lx = ly = 1) under four different boundary conditions
A1, A2, B1 and B2, as illustrated in Figures 2 and 3. For
case A the transverse edges y = 0 and y = 1 are free to
move while for case B they are constrained. For both cases
A and B the applied loading was either constant Nx = 1 (A1
and B1) or constant u = 0.001 (A2 and B2) along the edges
x = 0 and x = 1. Note, that since the fibre orientations
may vary along the edges the boundary can deform if it is
free to do so (see Figure 2). Finally, for all four cases the
edges are assumed to be pinned against transverse deflec-
tion. Orthotropic carbon-epoxy material properties were
defined as E11 = 150GPa, E22 = 8.8GPa, G12 = 4.8GPa,
G13 = G23 = 4GPa and v12 = 0.35. Simulations were run

on several symmetric 4-ply VAT laminates with nominal
span to thickness ratios (L/t) of 100:1 and 50:1. For the
4-ply [90±<0|70>]s these aspect ratios would reduce by
a factor of 3 in the areas of maximum thickness build-up,
thereby increasing transverse shear effects.
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ΔNx 
Δx 

A1: ΔNx 
A2: Δx 

B1: ΔNx 
B2: Δx 

A2: ΔNx 
B2: Δx 

Case A: Transverse Edges Free 
A1: Unit force applied 

A2: Unit displacement applied 

Case B: Transverse Edges Constrained 
B1: Unit force applied 

B2: Unit displacement applied 

All Edges Pinned 

Figure 2: VAT plate illustrating first set of boundary condi-
tions A: applied unit load or end shortening with
transverse edges free 
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Δx 

A1: ΔNx 
A2: Δx 

B1: ΔNx 
B2: Δx 

A2: ΔNx 
B2: Δx 

Case A: Transverse Edges Free 
A1: Unit force applied 

A2: Unit displacement applied 

Case B: Transverse Edges Constrained 
B1: Unit force applied 

B2: Unit displacement applied 

All Edges Pinned 

Figure 3: VAT plate illustrating first set of boundary condi-
tions B: applied unit load or end shortening with
transverse edges constrained

The numerical results were verified using quadratic S8R
"thick" shell elements and linear C3D8R brick elements
with enhanced hourglassing control in the FEM package
ABAQUS. In order to represent the VAT fibre and thick-
ness distributions a straight fibre composite layup was de-
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fined for each S8R element using the ABAQUS composite
layup manager. The shell offset was then set relative to
Curve 2 in Figure 1 in order to model the non-symmetric
thickness variation. For the 3D model the variable thick-
ness outline of the VAT plate was created as a solid part
and then uniformly meshed using a single brick element per
ply, with constant material orientation prescribed for each
element depending on its location in the xyz-space. Mesh
convergence studies were performed for each configuration
to find the number of grid points/elements (N) required in
the x- and y-directions for the DQM/FE analysis to obtain
converged solutions. Thus, meshsizes of NDQ = 30x30,
N2D = 50x50 and N3D = 4x40x40 were used throughout the
analysis.

Table 1 compares the results obtained by the present the-
ory with the FEM solutions. The DQM (N = 30 x 30) and
3D FEM (N = 4 x 40 x 40) buckling mode shapes for a
[90±<0|45>]s laminate under Case A2 boundary condi-
tions are compared in Figures 4 and 5. The mode shapes
can be seen to be very similar even though the DQ mesh is
much coarser than the 3D FEM solution, thus saving com-
putational effort.
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DQM

Figure 4: DQM buckling mode shape of a [90±<0|45>]s
laminate under Case A2

Table 1 shows that the results of the present theory cor-
relate closely with the 2D FE analysis for all configura-
tions. This suggests that the reduced stiffness approach of
modelling the coupled stretching-bending problem is accu-
rate for the analysed buckling problem. Furthermore, the
present theory shows equal accuracy to a 2D "thick" shell
element with the added advantage of lower computational
cost. Since pre-buckling transverse shear effects were ig-
nored in the present theory and are incorporated in 2D FE,
it can be concluded that transverse shear effects are negligi-
ble for linear fibre variations with local length to thickness
ratios of up to L/t = 35:1. However, transverse shear effects
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Figure 5: 3D FEM buckling mode shape of a [90± <
0|45>]s laminate under Case A2

may allow further spreading of loads to supported regions
for non-uniform fibre variations. Therefore, the inclusion
of transverse shear in the pre-buckling problem remains a
topic of interest.

As shown in Table 1, the results of the present theory
correlate generally well with the 3D FEM results. Most
results are within 5% of the full 3D FE solution and for
a number of configurations the results are within 1%. On
the other hand, Table 1 clearly highlights a striking inaccu-
racy in some of the results especially for laminates under
boundary condition B2 and the [90± < 0|45 >]s laminate
under A2. The results for Case B2 show that the present
and 2D FE solution for the [90± < 0|45 >]s laminate are
up to 21% more conservative than 3D FEM. As the nomi-
nal thickness of the [90±< 0|45>]s laminate doubles from
L/t = 100 to L/t = 50 the predicted results, counterintu-
itively, become even more conservative. One explanation
for this phenomenon is that the assumption of modelling
the structure as a flat non-symmetric plate is only valid up
to a certain point. As the thickness build-up becomes more
pronounced with higher fibre variations or the total nomi-
nal thickness of the laminate is increased, the laminate will
increasingly behave more like a shell. This will naturally
result in a higher buckling load than if the structure is as-
sumed to behave as a flat plate.

Table 1 also shows that this effect has different mag-
nitudes depending on the laminate configuration. For ex-
ample the present solution for the [0± < 45|0 >]s lami-
nate under B1 is within 2 % for both nominal thicknesses.
Indeed Figure 6 shows that the present model accurately
predicts the buckling load as the fibre angle T1, and there-
fore the thickness build-up, is increased for the laminate
[0± < T1|0 >]s under boundary condition B2. Only when
T1 = 70◦, representing a local increase in thickness of
200 %, do we see a significant deviation. On the other
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hand, the results for a [90± < 0|T2 >]s laminate under
boundary conditions B2 in Figure 7 show a different sce-
nario. Even for a low steering angle of T2 = 30 there is a re-
markable reduction in the buckling load prediction, and as
T2 is further increased, the original assumption of the VAT
plate buckling as a flat plate becomes increasingly more
inaccurate.
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Figure 6: Comparison of DQM and 3D FEM buckling
loads versus fibre angle T1 for a [0±<T1|0>]s
laminate under case B1 with nominal L/t = 100
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Figure 7: Comparison of DQM, 2D FE and 3D FEM buck-
ling loads versus fibre angle T2 for a [90±<
0|T2>]s laminate under case B2 with with nom-
inal L/t = 100

Thus, a VAT plate with thickness variations does in-
deed behave and buckle like a shell as proposed in Sec-
tion 2.1 with the associated increase in buckling load.
However, comparisons between the present theory and 3D
FEM buckling mode shapes in Figures 4 and 5 suggest that
the VAT panel still buckles in a plate mode shape and may

therefore follow a stable post buckling path. Thus it may
be possible to design a panel that takes the best features of
both worlds; the improved buckling performance of a shell
coupled with the stable post-buckling path of a plate.

5 Conclusions

The buckling behaviour of laminates with variable fibre ori-
entations and coupled variations in laminate thickness was
investigated taking into account the effects of transverse
shear deformation. The transverse shear effects were incor-
porated by using the well-known Hellinger-Reissner mixed
variational principle [21], thus arriving at a 2D equivalent
single-layer formulation. The thickness variation of the
VAT laminate was modelled by assuming the laminate be-
haves as a flat plate with the reference surface coincident
with the mid-plane of the nominal laminate thickness. The
coupled stretching-bending problem of the ensuing non-
symmetric laminate was approximated by solving the buck-
ling problem of a symmetric laminate with reduced stiff-
ness matrices. The model was solved in the strong form
using the Differential Quadrature method and shown to be
in good agreement with 2D FE and high fidelity 3D FE
techniques with an associated reduction in computational
effort required.

However, for high fibre variations with high local thick-
ness build-up the assumption of modelling the laminate as
an unsymmetric flat plate was shown to be too conserva-
tive. In some cases this effect was observed for fibre vari-
ations as low as 30◦. Thus, it can be concluded that VAT
panels with fibre and thickness variations as manufactured
by the CTS technique behave as shells and therefore have
higher buckling loads than an equivalent flat plate without
the thickness variations. It is interesting to note that first
observations suggest that these laminates seem to retain the
stable buckling mode shapes of plates. Thus, the possibil-
ity to design a panel which couples the improved buckling
performance of a shell with the stable post-buckling path
of a plate is created.
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1 Introduction  

Composite structures’ quality and performances are 
negatively affected by problems during the 
manufacturing, e.g. fiber misalignment or void 
content higher than an allowed value [1]. Production 
of parts with a reproducible quality is particularly 
challenging in Liquid Composite Molding (LCM) 
technologies, like Resin Transfer Molding (RTM), 
Vacuum Assisted Resin Infusion (VARI) and their 
variants, since the manufacture by LCM is very 
sensitive to process and material variations [2]. 
LCM technologies are based on the impregnation of 
a fibrous fabric preform by a reactive resin system: 
in these processes, quality issues depend mostly on 
the resin flow within the preform. The essential 
parameter for the description of the impregnation is 
the fabric permeability, a measure of the effective 
free space available for fluid flow in the porous 
preform. Knowledge of the actual permeability 
distribution provides a substantial contribution to the 
part quality assessment because: (I) fiber 
misalignments/textile variations have a local impact 
on the permeability, which affects the flow-front 
pattern; (II) flow velocity and flow-front pattern 
have an influence on the final void content within 
the part [3, 4]. 
In literature, it is shown that permeability can vary 
within a certain range, even under well-controlled 
conditions [5-7]. In recent years, many works have 
outlined methods to characterize textile 
permeability; nevertheless, a standard experimental 
procedure is still missing and the measurements are 
typically prone to errors [5, 7-11]. Additionally, the 
majority of the contributions issued do not account 
for the effective spatial changes of permeability 
values, resulting from the above-mentioned process 
variations during real preform impregnations. 

The present work proposes an approach to address 
the problem to identify local changes of permeability 
along the flow direction during an LCM process. In 
previous studies [2, 12], an experimental/numerical 
methodology for flow monitoring has been 
introduced. The methodology made use of a discrete 
number of pressure transducers, embedded in the 
mold, to acquire information for estimating the flow-
front positions along defined flow paths. At the time 
step of interest, single pressure values, from only a 
small number of sensors, allowed for determining 
the current flow-front, even in complex cavity 
geometry. To provide accurate flow-front 
estimations, the methodology required the 
knowledge of the local permeability distribution, 
which is not usually the case in real environments. 
The present study proposes an extension of the 
aforementioned methodology: the pressure history at 
the sensor locations is considered, in order to obtain 
information on unknown permeability changes. The 
methodology hereby presented focuses on rectilinear 
one-dimensional injections. Nevertheless, the main 
idea can be similarly applied to radial injections, 
with varying permeability along the impregnation 
radius, and possibly extended to more complex two-
dimensional cases, treating them as multiple one-
dimensional flows [13] with varying cross sections 
along the flow paths [2]. 
In the next section, after introduction of the used 
model for fluid flow in fibrous reinforcement, the 
method for permeability mapping is presented. 
Subsequently, in section 3, the potential of the 
methodology is investigated by applying it to 
various one-dimensional virtual injection cases, 
where varying permeability distributions are 
inputted. Results including comparison of actual and 
reconstructed permeability distributions and flow-
front positions are shown and discussed. In the last 
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section, conclusions are summarized and an outlook 
is outlined. 
 

2 Methodology for permeability mapping  

2.1 Flow modeling in impregnation processes 

The resin flow in porous fibrous reinforcements is 
typically modeled through Darcy’s law: 

𝒗 = −
𝑲
𝜂
𝛁𝑝 (1) 

where K is the permeability tensor, η the resin 
viscosity, p the fluid pressure and v the volume 
averaged velocity (also called Darcy velocity). The 
latter differs from the flow-front velocity vf (or 
inherent resin velocity) by a factor φ, which 
represents the porosity (actual volume fraction of 
free space available for resin flow): 

𝒗𝒇 = 𝒗/𝜑 (2) 

Darcy’s law (1) is combined with the continuity 
equation, which, for uncompressible fluids like 
resins, states: 

𝛁 ∙ 𝒗 = 0 (3) 

leading to: 

𝛁 ∙ �
𝑲
𝜂
𝛁𝑝� = 0 (4) 

Equation (4) represents the basis for the 
methodology introduced in the following 
subsections. It expresses the fundamental 
relationship from which to derive the pressure 
distribution in the mold cavity regions filled with 
resin (saturated regions) at a certain impregnation 
time. 
Yet equation (4) is not sufficient to describe the fluid 
flow through the whole cavity and it is traditionally 
further coupled with (1) to account for the resin 
movement when simulating an impregnation 
process. In this work, virtual injection experiments 
are used as benchmark to apply the permeability 
mapping methodology. They have been simulated 
using the model of Klunker et al. [14], which is 
based on the combination of (1) and the continuity 
equation in both saturated and unsaturated regions: 

𝜑
𝜕𝑆
𝜕𝑡

− 𝛁 ∙ �
𝑲
𝜂
𝛁𝑝� = 0 (5) 

where S is a saturation term, with values ranging 
from 0 (in the cavity region not filled with the resin 
yet) to 1 (in the cavity region already filled with the 
resin), which has the following expression: 

𝑆 =
2
𝜋

arctan (𝛼𝑝) (6) 

with the numerical shape factor α determining the 
length of the transition at the flow-front between the 
unfilled region and the fully saturated one (in this 
paper, α = 0.01 Pa-1). It is noticeable that (5) reduces 
to (4) in the cavity region completely filled with 
resin (where S tends to the constant value of 1). 

2.2 Rectilinear flow with varying permeability 

In one-dimensional injection case, assuming a 
constant viscosity along the length, equation (4) 
becomes: 

𝜕
𝜕𝑥

�𝐾(𝑥)
𝜕𝑝
𝜕𝑥

(𝑥)� = 0 (7) 

In other words, at each impregnation time, the 
product of the local permeability value and the local 
pressure gradient is spatially constant. As an 
example, Figure 1 illustrates, at a fixed time, the 
pressure profile in a laminate characterized by two 
distinct zones, in which the permeability shows two 
different constant values. In the example of Figure 1, 
a pressure sensor located in xs measures the resin 
pressure ps at the considered time. The pressure pin at 
the injection point xin is either set known or 
measured with another sensor external to the mold 
cavity. Naming Ks the permeability value between 
xin and xs, from (7) it derives: 

𝐾(𝑥)
𝜕𝑝
𝜕𝑥

(𝑥) = 𝐾𝑠
𝑝𝑠 − 𝑝𝑖𝑛
𝑥𝑠 − 𝑥𝑖𝑛

 (8) 

The 1D flow-front velocity can be obtained by the 
combination of (1) and (2) applied at the flow-front 
position xf: 

𝑣𝑓 = −
𝐾(𝑥𝑓)
𝜂𝜑

𝜕𝑝
𝜕𝑥

(𝑥𝑓) (9) 

Using (8) in (9), vf can be written as function of the 
pressure drop from the inlet and the sensor location: 
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𝑣𝑓 = −
𝐾𝑠
𝜂𝜑

𝑝𝑠 − 𝑝𝑖𝑛
𝑥𝑠 − 𝑥𝑖𝑛

 (10) 

Equation (10) allows for determining the flow-front 
velocity at each injection time, regardless of the 
actual permeability variations along the flow 
direction. The flow-front position xf over the process 
time t can be easily derived by an integration of vf: 

𝑥𝑓(𝑡) = 𝑥𝑠 + � 𝑣𝑓(𝜏)𝑑𝜏
𝑡

𝑡𝑠

 (11) 

where ts is the time at which the resin reaches the 
sensor position (of course, no information on the 
flow is available before that point). Equation (10) - 
and consequently (11) - requires an input for Ks, 
which can be either known a priori (equal to a 
reference or undisturbed permeability value of the 
preform) or calculated from ts and xf(ts) = xs, using 
the analytical 1D solution for the flow-front (e.g. in 
[3]). In this latter case, the fact that the permeability 
may be varying between xin and xs has no relevance, 
since the resulting permeability Ks is calculated as an 
equivalent constant. 
Equations (10) and (11) require as input also the 
value of the porosity φ, which may show deviations 
from the designed value, as the permeability K 
varies along the laminate length. Anyway, 
permeability and porosity variations are linked 
together; equations like the formula of Kozeny-
Carman [15] are typically used to express their 
relationship. Additionally, it has to be stated that 
changes of φ have usually a lower influence on the 
flow in comparison with permeability deviations, as 
it can be derived from (2) and the above-cited 
Kozeny-Carman equation (for instance, a 
permeability variation of 20% corresponds 
approximately to a porosity variation of only 4%). 
Thus, in this work the porosity is assumed to be 
constant. 

2.3 Permeability profile reconstruction 

An iterative algorithm has been devised to 
automatically estimate the permeability profile. It is 
based on the fact that, at each fixed impregnation 
time, the resin flux (and, consequently, the resin 
velocity) is constant over the laminate length 
through zones with different permeability values, as 
it is deducible from (7) and (10). 

To map the permeability profile, the impregnation 
time is discretized in a number of time steps, at 
which the actual flow-front position is calculated 
using (11). The permeability values are considered 
constant between two subsequent flow-front 
positions. In any case, the spacing can be taken as 
fine as required by choosing a time period small 
enough. 
At a certain time step ti, the working principle of the 
iterative algorithm is illustrated with reference to 
Figure 2, showing (similarly to Figure 1) the 
pressure distribution along the laminate, where xf 
and xv represent the flow-front position at the current 
time step ti and at the previous time step ti-1. 
The objective of the algorithm for the current time 
step ti is to determine the permeability value Kv in 
the zone between xv and xf. As starting condition, the 
permeability distribution between xs and xv is known 
(it results from the preceding time steps); and, 
hence, an equivalent permeability Keq can be 
calculated, in order to simplify the effective pressure 
drop to a linear decrease from xs to xv (as in Figure 
2). The equivalent permeability has the following 
expression: 

𝐾𝑒𝑞 =
𝑥𝑣 − 𝑥𝑠

∫ 𝑑𝑥
𝐾(𝑥)

𝑥𝑣
𝑥𝑠

 

(12) 

The detection of Kv is done in two steps. First, the 
pressure value pv at xv is calculated from (8), using 
the concept of equivalent permeability in (12): 

            𝐾𝑠
𝑝𝑠 − 𝑝𝑖𝑛
𝑥𝑠 − 𝑥𝑖𝑛

= 𝐾𝑒𝑞
𝑝𝑣 − 𝑝𝑠
𝑥𝑣 − 𝑥𝑠

                 

⟺ 𝑝𝑣 = 𝑝𝑠 + (𝑝𝑠 − 𝑝𝑖𝑛)
𝐾𝑠
𝐾𝑒𝑞

𝑥𝑣 − 𝑥𝑠
𝑥𝑠 − 𝑥𝑖𝑛

 
(13) 

Second, the unknown permeability value is found, 
applying again (8), as it follows: 

          𝐾𝑠
𝑝𝑠 − 𝑝𝑖𝑛
𝑥𝑠 − 𝑥𝑖𝑛

= 𝐾𝑣
𝑝𝑓 − 𝑝𝑣
𝑥𝑓 − 𝑥𝑣

             

⟺𝐾𝑣 = 𝐾𝑠
𝑥𝑓 − 𝑥𝑣
𝑥𝑠 − 𝑥𝑖𝑛

𝑝𝑠 − 𝑝𝑖𝑛
𝑝𝑓 − 𝑝𝑣

 
(14) 

where pf is the pressure at the flow-front position, 
which is assumed to be equal to the pressure at the 
outlet [2]. 
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Once Kv is found, the procedure is repeated for the 
subsequent time steps until the flow-front reaches 
the outlet xfin. In the end, by using data from a single 
pressure sensor embedded in the mold, the algorithm 
tracks the complete actual permeability profile along 
the laminate length and flow-front advancement 
with time for rectilinear injection cases. 
 

3 Results and discussion  

The effectiveness of the methodology above 
illustrated has been investigated through several 
virtual injection tests. One-dimensional flow 
simulations have been performed using a Finite 
Element Method to solve (5), where arbitrary 
permeability functions have been introduced. 
Boundary conditions and other parameters used in 
all the experiments are listed in Table 1.  
 
Table 1. Parameters for virtual injection test 
 

Parameter Symbol Value 

Injection pressure pin 1 bar 
Vent pressure pf 0 bar 

Laminate length l = xfin - xin 1 m 
Resin viscosity η 0.1 Pa·s 

Porosity φ 0.5 
 
From the virtual injection tests, pressure data at 
defined sensor positions have been inputted into the 
algorithm, which performed the permeability profile 
reconstruction according to the aforementioned 
methodology. In the following, relevant results, 
regarding comparison of input/reconstructed 
permeability distributions and flow-front tracking, 
are shown and discussed. 
Figure 3 shows the outcome of the methodology’s 
application in a simple case, where the permeability 
stays constant along the laminate length. It is 
noticeable that such constant value is adequately 
estimated. The highest discrepancies from the given 
permeability appear in proximity of the sensor 
position; a peak is observed at the algorithm’s 
starting point (deviation around 20%), followed by 
waning oscillations, which are ascribable to 
numerical errors in the injection simulation. To 
avoid such miscalculations, the output permeability 
is smoothed and the resulting deviations lay within 
the 1% of the nominal input value.  

Figure 4 illustrates the results for an injection test, in 
which a relatively high (one order of magnitude) 
jump of permeability is encountered. It can 
correspond, for instance, to the case of variation of 
the thickness or the number of layers or the kind of 
fabric in the stacking sequence of the laminate. Also 
in this situation, the proposed approach is able to 
recognize the permeability profile, detecting 
successfully the deviation from the nominal value. 
Figure 5 demonstrates that also the flow-front 
advancement is properly predicted in this case (max 
errors lower than 1%). 
The accuracy of the permeability detection has been 
studied through a sensitivity analysis considering: 
degrees of deviations in the range of the lowest 
experimental errors typically achievable in 
permeability measurements (10-20%), arbitrariness 
of permeability distributions and effect of sensor 
positions. Figure 6, 7 and 8 summarize important 
outcomes of such analysis. In Figure 6, a sinusoidal 
permeability profile, showing a variation up to 10% 
of the mean value, is given. The algorithm 
accurately detects the permeability profile, 
exploiting the pressure information of the sensor 
(small oscillations occur close to the sensor point as 
discussed before). In this case, the real/estimated 
flow-front comparison is omitted, since the 
permeability deviations of such low percentages 
have a negligible effect on the flow-front position 
compared with the undisturbed condition. 
In the case of Figure 7, an arbitrary permeability 
distribution is considered. Here, the methodology 
has been applied for three different sensor positions. 
It is noticeable that the sensor location has 
practically no influence to the permeability 
reconstruction, which in all three situations is very 
precise. Analogous conclusions can be drawn 
looking at the flow-fronts’ comparison in Figure 8. 
Since no permeability or flow-front information can 
be derived before the resin reaches the sensor, it can 
be placed as close as possible to the inlet gate 
(according to the considerations in [10], the 
minimum distance from the gate has to be chosen in 
order that |pin - ps| is lower than the measurement 
uncertainty at every time). 
 

4 Conclusions and outlook  

An approach to estimate current permeability values 
and detect their actual spatial variations during LCM 
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processes is investigated. The methodology is based 
on a numerical algorithm that analyzes pressure data 
from a single sensor embedded in the mold and 
identifies the permeability profile and flow-front 
advancement in rectilinear injections (one-
dimensional flows). The approach is applied using 
data from virtual injection tests, where arbitrary 
permeability distributions are inputted. Results show 
that the proposed algorithm is able to reconstruct 
with great accuracy the various permeability 
profiles, identifying adequately both small (10%) 
and high (one order of magnitude) deviations from 
an undisturbed permeability. The flow-front 
advancements are also successfully predicted. 
Future work aims at validating the presented 
methodology as well in real injection experiments 
and possibly extending it to resolve more complex 
flow cases. Since the knowledge of the effective 
permeability field gives information on the flow 
evolution and the fiber volume content distribution, 
the method can be prospectively applied for early 
identifications of flawed structures. Parts, which do 
not meet defined quality requirements (e.g. max 
deviations from nominal fiber volume content), 
could be detected already during the manufacturing 
process. 
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Fig. 3. Reconstruction of a constant permeability distribution: the highest deviation (about 20%) occurs 
close to the sensor point. The peak is avoided by application of a simple smoothing procedure. 

Fig.1. Pressure profile with two permeability zones. Fig. 2. Pressure profile at time step ti. 

ICCM19 5444



 

7  

DETECTION OF PERMEABILITY VARIATIONS FOR EARLY 
QUALITY ASSESSMENT IN LIQUID COMPOSITE MOLDING  

  

Fig. 4. Permeability mapping in case of variation from nominal value of one order of magnitude. 

Fig. 5. Real and estimated flow-fronts comparison in case of permeability distribution of Figure 4. 
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Fig. 6. Permeability mapping in case of very small (10%), sinusoidal deviations from nominal value.  

Fig. 7. Mapping of an arbitrary permeability distribution: comparison of reconstructions from different 
sensor positions. 
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Fig. 8. Real and estimated flow-fronts comparison in case of permeability distribution of Figure 7.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction   

Rapid cutting process is required for the production 
of CFRP panel，and new cutting processes, fiber 
laser cutting and abrasive water jet cutting are 
considered as new generation cutting methods. 
Authors showed the application studies of fiber laser 
cutting to CFRP in the 18th ICCM[1].  In this study, 
application of abrasive water jet cutting to same 
CFRP plates as the previous study was examined.  
And then tilt effect on cut quality was studied.  
Then water jet cutting and fiber laser cutting were 
compared. 
 

2  Experimental Procedures  

2.1 Materials    

Prepared CFRP plates were flat panels as follows.  
      Material: Resin-Epoxy#135,  Fiber-UTS50 12K,  

Resin content: 35% 
     Layup sequence pattern: （+45/0/-45/90） 
             Quasi-isotropic lamination 

      Thickness: 4 kinds of thickness as follows. 
1.5mm(8ply),      3.1mm(16ply), 
4.6mm( 24ply) ,  9.1mm(48ply) 

 

2.2 Water jet cutting method 

Water jet equipment, Mash3 was applied. 
Equipment is shown in Fig.1. Its maximum water 
pressure was 414MPa. Garnet particle #80 was 
included as abrasive material. Nozzle diameter was 
1.2mm. Cutting speed and water pressure and 
amount of garnet were controlled as cutting 
parameter.  
Most of cut was applied perpendicular to the top 
surface of panel. Experiment of the tilt effect on 
cutting quality was carried out using the plate of 9.1 
mm thickness as shown in Fig.2.  60°tilt cut depth is 
same as perpendicular cut of 2 plates, so two plates 
cut was also conducted. 

2.3 Measurements 

Following measurements were conducted. 
・Geometry of the material removed area by water  
・Roughness of cut surface  
・Macroscopic observation cut surface appearance 
・Microscopic observation of cut surface by laser  

microscope or optical microscope 
Effect of cutting parameters on these results was 
considered. 

STUDY ON APPLICATION OF ABRASIVE WATER JET 
CUTTING TO THICK CFRP PLATE 

 
H. Hira 1* , T. Okado1,   T. Suzuki2 

1 School of Engineering, Daido University, Nagoya, Japan 
2Aichi Science & Technology Foundation, Toyota, Japan 

* (hira-h@daido-it.ac.jp) 
 

Keywords: CFRP, cutting, water jet, surface roughness, drag line 

Fig.1 Water jet cutting equipment used 

Fig.2  Tilt cut test, and two plates cut test to 
compare 60°cut at same cut depth 

Jet  
Axis 

Jet Axis 
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3  Results and Discussions 

3.1 Effect of plate thickness on cut results 

Plates were cut under various conditions, and results 
were organized in each plate thickness. 
Fig.3 shows the example of the macro section of cut 
area and roughness of cut surface. Water jet was 
ejected perpendicular to the plate. Thickness of this 
plate is 3.1mm(16ply). Water pressure is 414MPa 
and amount of garnet is 330g/min, effect of cutting 
speed on them was compared. 
When water jet was passed, material was grinded 
and removed at jet erupted area. Width of material 
removed area was called as cutting width in this 
report. 
When cutting speed was sufficiently low, cutting 
width at top side(side facing the water jet) was 
nearly same as water jet nozzle size.  Cutting width 
of the top side and width of bottom side was almost 
same when cutting speed was low. However cutting 
speed increased, cutting width became narrow and 
width of bottom side became narrower than that of 
top side. As a result, cut surface became tilted from 
the right angle. Roughness of cut surface increased 
with increase of cutting speed. 
Fig.4 shows the effect of cutting speed on the plane 
angle between bottom surface and cut surface. Water 

pressure 414MPa and amount of garnet is 330g/min. 
When cutting speed was low, plane angle was nearly 
right angle. Cut plane angle decreased with increase 
of cutting speed. When plate was thin, angle did not 
decrease from a certain speed. However thickness 
was over 3.1mm (16ply), angle continuously 
decreased with cutting speed and did not depend on 
plate thickness. 
Fig.5 shows the effect of cutting speed on the 
roughness of cut surface.  

Fig.4 The effect of cutting speed on the angle 
between top surface and cut surface 

Cutting 
Speed 

(mm/min) 

Macro 
Section of 
Cut Area 

Surface 
Roughness 

(Ra) 

Fig.3   Examples of macro section and surface 
roughness of cut surface 
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When cutting speed was under 1000mm/min. 
surface roughness was small and did not depend on 
thickness. However the cut surface became rougher 
with increase of speed and with increase of plate 
thickness over 1000mm/min. Then drag line was 
caused when too fast cutting speed was applied.  
Fig.6 shows the macro section of cut area and cut 
surface of 9.1 mm thick plate (48ply). Water jet 
moved to the right direction. When cutting speed 
was 200mm/min, cut surface was very smooth.  
Then cutting speed was 2000mm/min., cut surface 
became rough and line of water flow was curved and 

that of back side was little delayed compared with 
front side. Curvature was severe and interlaminar 
crack was occurred when cutting speed was 
4000mm/min. 
Effect of another cutting parameter was examined. 
Fig.7 shows the relation between water pressure and 
the angle between bottom surface and cut surface, 
another parameter was fixed shown in the figure title. 
Angle closed to right angle as the water pressure 

Fig.5 The effect of cutting speed on the roughness of cut 
surface  

Fig.6 Macro section of cut area and cut surface 
appearance of  9.1mm  thick CFRP panel 
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Macro 
Section 

Cutting 
Speed 
(mm/min)
)) 

4000 

Cut 
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Fig.7  Relation between water pressure and the 
angle of cut surface ( Cutting speed: 600mm/min 
Amount of garnet:330mm/min) 
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Fig.8   Relation between amount of garnet and 
the angle of cut surface ( Cutting speed: 
600mm/min  Water pressure 414MPa) 
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increased. So high power machine might be 
desirable, and the machine we used was one of the 
highest power machines in the world. And 414 MPa 
which was the maximum power of the machine used 
was selected as standard condition. 
Fig.8 shows the relation between the amount of 
garnet and the angle between bottom surface and cut 
surface.  Peak was shown at 500g/min, however 
effect of the amount of garnet was relatively small 
within the scope of this experiment. Amount of 
garnet affects cost directly, small amount might be 
better if the degradation of performance is small.  So, 
330g/min was selected as standard condition of the 
amount of garnet. 

3.2 Tilt effect on cut quality 

Taper cut of CFRP plate is often applied in order to 
smoothly transmit the load. Plate of 9.1mm 
thickness (48ply)  was cut as shown in Fig.2. 
Example of the results is shown Fig.9. Cutting 
parameter was constant and macro sections of cut 
area and cut surface appearances where those were 
cut at various angles were shown. 
When cut angle was 15°and 30°, cut surface was 

smooth. 45°caused surface rough a little. When cut 
angle was 60°, cut surface became rough and drag 
line was appeared. 
Cut depth became long if cut angle was  increased, 
and when cut depth became large roughness of cut 
surface was increased from the results of Fig.5. 
Trend of the results in Fig.9 might be consistent with 
the result of Fig.5.  However right angle cut results 
of the plate of 18.2mm thickness(48 ply 2plates ) 
showed rather smooth cut surface and drag line was 
very weak compared with the 60°cut results of  the  
plate of 9.1mm thickness. These two cases have 
same cut depth length, however results were 
different and cut result of tilt case was worse. Then 
cut path of 60°was not straight, curved toward top 
surface at the back side a little. 
Table 1 show the effect of cutting speed and cut 
angle on the cut surface observation results where 
another cutting parameters fixed constant. 
When cut angle was 0° , this means cut was 
conducted perpendicular to CFRP panel,  cut surface 
was very smooth  if cutting speed was 800mm/min. 
Smooth cut became difficult with increase of cut 
angle and cutting speed. When cut angle was 45°,  

Fig.9   Effect of the tilt cut on the cut surface 
and Macro section 
(Water pressure: 414MPa,  
Cutting speed: 400mm/min 
Amount of garnet: 330g/min) 
  

2 plates2 plates2 plates2 plates    
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smooth cut surface might be obtained in the cutting 
speed 200mm/min below. And When cut angle was 
60°, smooth cut surface might be obtained in the 
cutting speed 100mm/min below.  
From the result of 2 plates cut, smooth surface cut 
was obtained in the cutting speed 200mm/min. 
below.  
So taper cutting was not easy compared with right 
angle cutting. 
Microscopic observation of cut surface was 
conducted by laser microscope in order to explain 
above tilt cut effect.  Some observation results by 
laser microscope were shown in Fig.10. 
CFRP panel used made quasi isotropic lay-up of uni 
directional pre-preg. Perpendicular axis layer to 
cutting direction was mainly observed. Observed 
area was about the center of the plate thickness. 
Fig.10(a) shows the  cut surface that was cut tilted 
15 °.   This surface was macroscopically smooth. 
This surface was also smooth by the observation of 
laser microscope, and cut surface of carbon fiber of 
the circular shape could be seen. 
Fig.10(b) shows the  cut surface that was cut tilted 
45 °.  This surface macroscopically became rough. 

 
 
This surface was rough by the observation of laser 
microscope, cut situation of carbon fiber was mixed, 
one was shown cut surface of the elliptical shape and 
another in which carbon fiber protruded a little and 
was broken. 
Fig.10(c) shows the cut surface that was cut tilted 
60 °.  Drag line appeared in this cut surface 
macroscopically.  Long cylindrical surface of carbon 
fiber was revealed.   
Carbon fiber of perpendicular axis of cut direction in 
the CFRP was considered to be almost cut along the 
panel cut surface of panel when tilted angle was  
15°, however cut angle was increased carbon fiber 
was not cut along the panel cut surface.  
This might be because breaking energy of carbon 
fiber was low compared with the tilt grinding of 
carbon fiber over certain angle. Mode change of 
fiber cutting from grinding to breaking seemed to 
cause the resistance of the cutting to proceed in the 
direction of the jet stream. So, cylindrical surface 
was revealed and cut path was curved when  60°

tilted cut was conducted. 

 

Table 1   Effect of cutting speed and cut angle on the cut surface observation results 

2 plates2 plates2 plates2 plates    
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3.3 Cut results by water jet compared with the 
results by fiber laser cutting 

 Cut results by water jet was compared with that by 
fiber laser[1] and conventional mechanical cut using  
endmill. 
Fiber laser equipment, YLR-5000C2 was applied. Its 
maxim power was 5kW.  Wave length was 1.07μm. 
Beam diameter was about 1mm.  
Energy concentration was very high, and cutting 
speed was very first. However certain area of heat 

affected zone was generated around the cut path. 
Size of heat affected zone was very small when laser 
cutting was applied to thin plate, then became larger 
with increase of plate thickness[1]. 
Heat affected zone degraded the mechanical 
properties, so heat affected zone must be grinded if 
CFRP panel was used as important structure.  
Water jet was also fast cutting method. Problems of 
water jet cutting were not so good surface 
roughness and cut surface was tilted, however it 
was easier to be corrected than fiber laser cutting. 

Process 
Suitable Cutting 
Speed (mm/min) 

Reserve for 
cutting(mm) 

Grinding 
required(mm) 

Remarks 

Fiber Laser 4000 0.2 2.5 5kW 

Water Jet 

High 
quality 

1500 1.2 0～0.2 414 MPa 

High 
velocity 

6000 1.2 0.5 414 MPa 

Endmill 260 10 0 10mmΦ 

Table 2   Suitable cutting condition of new cutting processes and conventional endmill cutting 
(CFRP panel of 4.6mm thick (24ply) ) 

 

                 (a)    15°°°°                                    (b)    45°°°°                                             (c)    60°°°° 
 

 
Fig.10   Observation results of tilt cut surface by laser microscope 

(Water pressure:414MPa, Cutting speed: 400mm/min. Amount of garnet:330g/min) 
 

10μμμμm 
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Recently precise control of the angle of water jet 
nozzle in order to remove correct process was 
developed.   
When cut speed was under 1000 mm/min, cut 
surface might be acceptable to be used as cut 
condition. However additional grinding process was 
required when plate is thick and cutting speed was 
over 1000 mm/min. 
Cutting speed of 1000 mm/min was lower than by 
fiber laser however it is sufficiently faster than the 
cutting speed by endmill. 
Conventional endmill cutting was very slow, 
however cut surface was very smooth and angle of 
cut surface was right angle. 
Cutting process of 4.6mm thick plate(24ply) was 
examined to compare among 3 processes, water jet, 
fiber laser cutting and conventional endmill cutting 
in order to check above  
Table 2 shows the proper suitable cutting speed of 
each process. And reserve width for cutting and 
width of grinding required were shown when these 
cutting conditions were applied.  
For the water jet, two type application concepts were 
considered. One was that relatively slow cutting 
speed and precise nozzle axis control was applied in 
order to remove or reduce post process. It was called 
quality cut condition.  
Another was the high speed rough cutting without 
drag line formation. Drag line was considered to 
relate the generation of interlaminar 
crack.  It was called high velocity 
condition. 
Fig.11 shows the each macro section 
of cut area and Fig.12 shows the 
observation results of each cut surface 
by optical microscope. 
Heat affected zone where it was 
distinguished by the change of color 
was found at the cut area of fiber laser, 
width of it was about 2mm.This area 
must be removed because void was 
generated and fiber orientation 
became irregular as shown in Fig.12.  
 Grinding speed of this area was rather 
first compared with endmill cutting 
speed.  
In the case of water jet cutting, tilted 
cut surface was appeared. The effect 
of the presence of this area on 
mechanical properties was very small 

or not if there was no interlaminar crack.  So 
removal of this area depends on the situation.  
If high velocity cut was applied angle of cut surface 
was left from right angle compared with high quality 
cut. And step like pattern at surface was revealed 
shown in Fig.12. This might be because each ply had  
another characteristic of water jet grinding. 

Fig.11   Macro sections of cut area by various cutting 
method 

Fig.12   Observation results of cut surface by optical microscope 

ICCM19 5454



Proper application field of two new fast cutting 
processes are considered. 
Problem of fiber laser cutting is heat affected zone, 
which becomes wide with increase of thickness. 
However it is negligibly small while plate is thin. 
Strong point is the controllability of beam path. 
Three dimensional complex beam path will be 
realized. Fixture is easy because load durability is 
not required and fiber laser source is light.  So, 
proper application field of fiber laser cutting may be 
for the thin complex shape large or small thin 
structure. 
Water jet is also fast cutting process, and applicable 
speed might be restricted to not so fast level because 
of rigid fixture in order to resist the reaction force of 
water jet. And post process of the treatment of water 
and garnet is the problem. However, quality of cut is 
good and high potential of thick plate cutting is 
clearly demonstrated.  
So, proper application field of water jet cutting may 
be for large scale and not complex thick structure. 
 

4 Conclusions 

Application of abrasive water jet cutting to CFRP 
plates was examined.  And then tilt effect on cut 
quality was studied.  
Then water jet cutting and fiber laser cutting were 
compared and proper application field was 
considered. 
Main results were as follows; 
(1) When fast cutting speed was applied, cut surface 
of water jet became rougher and cut angle left from 
right angle. As cut surface might be acceptable if   
cutting speed was under 1000mm/min.  
(2) High angle tilt cut was difficult, it caused 
rougher cut surface compared with perpendicular cut 
at same cut depth. This is because of the difficulty of 
the high angle cut of each carbon fiber in CFRP. 
(3) Applicable cutting speed was lower than that of 
fiber laser; however problem of the quality was 
easier to be recovered. Proper application field of 
water jet cutting is for large scale and not complex 
thick structure. 
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1 Introduction 

The fundamental function of a structure made of 

fiber reinforced polymers (FRP) is to carry structural 

loads. Composites that provide additional functions 

are known as multi-functional composites (MFC) [1, 

2]. Multi-functional composites avoid redundancies 

that occur during the application of the traditional 

approach of assembling additional components to 

fulfill additional functional requirements [1]. 

Due to the fact that MFC can provide several non-

structural functions such as sensing and/or actuation 

[2], it has become an area of intensive research [3] 

and plays a key role in the design of today’s 

competitive products [4]. Since the manufacture of 

MFC is accompanied by challenges with both 

electrical component functionality and structural 

integrity [5], several researchers have investigated 

these issues. 

Functionality 

Using MFC, most publications indicate no problems 

with functionality, which can be challenged by short 

circuits of the sensor/actuator by carbon fiber [6, 7]. 

For instance, Yan and Yam [8] successfully used 

five piezoelectric patches embedded in a composite 

made of glass fiber reinforced polymers (GFRP) to 

detect online initial damage in the host structure. Lin 

and Chang [9] developed a manufacturing method 

for MFC with built-in networks of piezoceramic 

sensors/actuators. Their thin flexible layers with a 

network of piezoceramics, known as “SMART 

Layers”, were successfully embedded into several 

composites made of carbon fiber reinforced 

polymers (CFRP). Several works that also utilized 

“SMART Layers” confirmed the functionality of 

built-in networks [7, 10–12]. Multi-functional 

composites showed excellent stability and 

repeatability in data acquisition compared to 

approaches with traditional surface bonded 

sensors [7]. 

The functionality of MFC, whose host structure is 

based on thermoplastics, was scientifically proven 

by Hufenbach et al. [4]. This working group 

successfully integrated sensor networks consisting of 

strain gauges, interconnection buses, and circuits 

into composites made of glass fiber reinforced 

polypropylene to monitor structural health. 

In contrast to these works where the functionality 

has been demonstrated, there were also works that 

failed to demonstrate functionality of MFC. For 

instance, Etches et al. [13] could not demonstrate the 

functionality of their MFC. The authors embedded 

piezoelectric fibers into a composite made of GFRP 

to generate controlled deflection of the host 

structure. Due to problems arising from the 

manufacturing process, the strain output was 

insufficient and hence the functionality failed. 

Structural integrity 

Compared to the mainly homogeneous results 

published for functionality, the results published for 

structural integrity were more heterogeneous. 

Embedding sensors/actuators into the host structure 

resulted in either weakening or non-noticeable 

effects on the mechanical properties of MFC. 

Weakening effects are due to the fact that the host 

structure is compromised by the presence of the 

embedded device [14]. The integration of 

sensors/actuators can cause disruptions or 

delaminations, and can create planes for crack 

propagations within the host structure [13]. 

Warkentin et al. [6] determined that tensile strength 

of composites made of CFRP with eight plies 

[0/90/02]s and an embedded silicon chip were 

decreased by 15 % when using standard curing 

temperatures of 177° C compared to uni-functional 

composites (UFC). Decreases of 4 % in the average 
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tensile strength and in the average modulus of 

elasticity of MFC compared to UFC were reported 

by Mall and Coleman [5]. The authors tested four 

specimens made of CFRP with quasi isotropic 

[0/±45/90]s lay-up and two specimens with 

additional embedded piezoelectric lead zirconate 

titanate (PZT) sensors. Crawley and de Luis [15] 

showed that the tensile strength of GFRP laminates 

with embedded PZT was reduced by 20 %. 

Nevertheless, some researchers also reported 

strategies to reduce weakening effects on MFC. 

Warkentin et al. [6] demonstrated that a lower curing 

temperature reduced the weakening effects for 

tensile strength. Hansen and Vizzini [14] 

demonstrated that the onset of damage of CFRP with 

embedded devices can be delayed by the application 

of a structural tailoring technique known as 

interlacing. 

Conversely, several publications reported non-

noticeable effects on the mechanical properties of 

host structures with embedded sensors/actuators. 

Kim et al. [16] found that the in-plane compressive 

and three-point bend strengths of MFC may not be 

necessarily reduced by embedded sensors. 

Furthermore, their results were independent of 

whether the specimens were made of thermosetting 

or thermoplastic matrix and whether the lay-up was 

unidirectional [016], cross-ply [04/904]s or quasi-

isotropic [02/902/+452/-452]s. 

The application of “SMART Layer” to the 

manufacture of MFC was also considered to have no 

influence on the structural integrity of the host 

structure. Qing et al. [11] embedded a “SMART 

Layer” into woven CFRP with twelve plies 

[04/904/04]. They noticed no effects on the strength 

of the host composite structure in three-point 

bending. Similar results were obtained by Su et al. 

[7] who embedded twelve PZT discs into woven 

CFRP laminates and observed no problems with 

structural integrity. The mechanical tests with 

embedded piezoelectric sensors/actuators inside 

CFRP performed by Lin et al. [9] also demonstrated 

that the structural integrity of the host composite 

structure was not degraded. 

Fields of application 

Despite the fact that MFC was intensively 

researched and its application has been receiving a 

great deal of attention [17], in fields like aerospace, 

automotive and shipbuilding, MFC plays no role in 

the medical industry to date. This is remarkable, 

since the use of MFC would have great potential for 

medical applications. 

For instance, MFC could be used to measure the 

interface pressure distributions in exoprostheses. 

Suitable structures could be composed of a host 

structure made of CFRP with embedded pressure 

sensors. Those pressure sensors normally operate on 

the capacitive, the piezoelectric or the piezoresistive 

effect. For tactile purposes however, pressure 

sensors that use the piezoresistive effect are 

dominant [20]. These sensors use either the shunt 

mode or the through mode that decreases the 

electrical resistance when being mechanically 

loaded. 

In the field of exoprostheses the occurrence of pain, 

tissue breakdown and pressure ulceration at the 

interface between exoprostheses and residual limbs 

is usually attributed to a poor socket fit [18]. 

Therefore, orthopedists aim to measure the interface 

pressure distributions. Since the state of the art in 

measuring pressure distributions at the interface is 

subject to systematic errors, the application of MFC 

with pressure sensing functions would improve 

current research methods [19]. 

In the special case of measuring pressure 

distributions at the interface between residual limb 

and exoprosthesis, the application of printed 

pressure sensors would be favorable. This is due to 

the fact that printed pressure sensors have less 

thickness, better flexibility, and better cost-

effectiveness when compared to traditional pressure 

sensors [21]. Printed piezoresistive pressure sensors 

usually are composed of two stacked substrates. The 

top of the bottom substrate is printed with 

interdigital electrode fingers, whereas the underside 

of the top substrate is printed with an insulating, 

elastic polymeric matrix and conductive filler 

material such as carbon black. 

Heretofore, only the functionality of MFC with 

printed pressure sensors has been investigated by 

researchers [19], while the structural integrity has 

not. Hence, the objective of this study was to 

characterize the mechanical properties of MFC made 

of CFRP and printed pressure sensors. 
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2 Methods 

In total, 75 specimens were manufactured and 

mechanically tested (Fig. 1). Among these 

specimens, two-thirds were comprised of MFC and 

one-third of UFC. Since the structural integrity of 

the host structure is considered to be independent of 

whether or not the embedded sensor is active [22], 

the required printed pressure sensors were 

substituted with non-functional sensor homologues. 

The sensor substitutes were embedded between the 

mid-layers of the host structure for a total of 25 

specimens (MFCI), and beneath the top layer of the 

host structure for another total of 25 specimens 

(MFCII). 

2.1 Manufacturing process 

Whether MFC or UFC, all specimens were cut from 

CFRP plates that were manufactured using a 

handcraft laminating process in combination with a 

pre-designed frame to assist in sensor substitute 

alignment (Fig. 2). Required ±45° composite tabs 

were cut from handcraft laminated GFRP plates. 

The components used to make the CFRP plates were 

epoxy resin (Epoxydharz L, R&G 

Faserverbundwerkstoffe GmbH, Waldenbuch, 

Germany), hardener (Härter EPH 161, R&G 

Faserverbundwerkstoffe, Waldenbuch, Germany), 

carbon fibers (Torayaca T 700 SC, R&G 

Faserverbundwerkstoffe, Waldenbuch, Germany) 

and, in the case of MFC, sensor substitutes. The 

components used to make the GFRP plates were 

epoxy resin and biaxial glass fibers (Silan, R&G 

Faserverbundwerkstoffe GmbH, Waldenbuch, 

Germany). 

The sensor substitutes were made of 0.075 mm thick 

polyimide foils (Kapton HN, DuPont, Wilmington, 

USA) with a printed conducting path (DuPont 5028, 

DuPont, Wilmington, USA) whose endpoints were 

connected with 0.2 mm diameter enameled copper 

wires (KL002, Kemo Electronic GmbH, Langen, 

Germany). The conducting paths were produced 

using a semi-automatic screen printer (X1-SL, 

ASYS Group, Boennigheim, Germany). The 

connection between conducting path and lead wire 

was provided using conducting adhesive (PC 3601, 

W.C. Heraeus GmbH, Hanau, Germany). Epoxy 

resin was used to cover the connection to prevent 

short circuit with carbon fiber (Fig. 3). 

Subsequent to the handcraft laminating process, the 

CFRP and GFRP plates were evacuated for 24 h 

using a desiccator, then cured for 15 h at 50° C in a 

furnace (SO 2032, Linn High Therm GmbH, 

Eschenfelden, Germany) and then stored at ambient 

temperature for at least one week. Thereafter, the 

specimens and tabs were cut to the theoretical 

dimensions required by the applied testing 

procedures using water jet cutting. The measured 

dimensions of finished specimens were determined 

using a caliper. 

2.2 Mechanical testing 

Mechanical properties of the specimens were 

determined using three different testing procedures. 

The testing procedures were adapted from (i) DIN 

standard EN ISO 527 part one [23], four [24] and 

five [25] to determine the tensile properties, (ii) DIN 

standard EN ISO 14129 [26] to determine the shear 

properties, and (iii) DIN standard EN ISO 14126 

[27] to determine the compressive properties 

(Table 1). All testing procedures were performed 

with Z100 THW Allround-Line (Zwick GmbH & 

Co. KG, Ulm, Germany). Each test was run parallel 

(i.e. 0°) and transverse (i.e. 90°) to fiber direction 

except for shear testing that was run at an angle of 

±45° to fiber direction. 

2.2 Statistical Analysis 

According to the ISO standards, the mechanical 

properties were determined as the mean values (ν). 

In detail, the following parameters were determined: 

− modulus of elasticity in tension (Et) 

− tensile strength (σM) 

− tensile strain at tensile strength (εM) 

− in-plane shear modulus (G12) 

− in-plane shear strength (τ12M) 

− modulus of elasticity in compression (Ec) 

− compressive strength (σcM) 

− compressive strain at compressive strength (εcM) 

Results of tested specimens that buckled or failed to 

reach the strain of 0.0025 were discarded. 

Additionally, the standard deviation of all specimens 

and the percent error (δ) between UFC, MFCI and 

MFCII were calculated using mean UFC values as 

reference (νref). 
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3 Results 

The variance of measured length and width of all 

specimens compared to the theoretical dimensions 

was less than or equal to 1.5 %. The variance of 

measured thickness was up to 30 % (Table 2). None 

of the specimens that differed from theoretical 

dimensions were rejected from mechanical tests. 

Nevertheless, the results of 22 specimens had to be 

discarded. Nine specimens did not reach the required 

strain of 0.0025, twelve specimens buckled while 

being compressed, and one specimen fractured 

during the clamping procedure. Hence, mean 

mechanical properties and standard deviation as well 

as percentage errors were calculated using the 

measured values for the remaining 53 tested 

specimens. 

Mechanical properties were greater for composites 

using unidirectional laminates with parallel fibers, 

compared to either unidirectional laminates with 

transverse fibers or to balanced laminates whose 

fibers were orientated ±45° (Table 3-5). 

Additionally, UFC had higher mechanical properties 

than MFCI or MFCII. The mean modulus of 

elasticity in tension (Ēt) of unidirectional CFRP with 

either parallel or transverse fibers was reduced by 

17.4 % or 14.2 % due to the embedment of a sensor 

substitute. The mean in-plane shear modulus (Ḡ12) of 

MFCI and MFCII were reduced by 8.2 % and 5.3 %, 

respectively. The mean modulus of elasticity in 

compression (Ēc) of MFCI and MFCII were reduced 

by 48.4 % and 19.6 %, respectively. The strengths of 

the measured specimens indicated similar results. 

Mean tensile strength ( �̄M), mean in-plane shear 

strength (�̄12M) and mean compressive strength (�̄cM) 

of MFCI and MFCII compared to UFC were reduced. 

The reduction was between 11.5 % and 52.2 %. 

The failure pictures of the specimens that could be 

identified without additional supporting measures 

did not distinguish between UFC and MFC. Tested 

specimens with transverse fibers showed mostly 

transverse cracking, independently of being strained 

or compressed (Fig. 4). Strained specimens with 

parallel fibers showed fiber breakage (Fig. 5). The 

failure pictures of compressed unidirectional 

laminates with parallel fibers and of strained 

balanced laminates with ±45° fibers could not be 

defined. 

 

4 Discussion 

The present study characterized the mechanical 

properties of MFC made of CFRP and printed 

pressure sensors using tensile, shear and 

compressive tests. The results indicated that MFC 

with embedded sensor substitutes reduces the 

modulus of elasticity in tension and the tensile 

strength of the host structures. These results were in 

accordance with publications that also detected 

weakening effects [5, 6, 15]. However, the 

weakening effects found in the present study were 

higher compared to literature. 

This might be explained by the fact that, in contrast 

to the specimens tested in literature, the present 

study tested specimens with unidirectional roving. If 

we consider the results of shear tests that were 

performed like tensile tests, we can infer that using 

non-unidirectional specimens would demonstrate 

reduced weakening effects in agreement with 

literature. Therefore one could say that embedded 

sensor substitutes have greater weakening effects on 

unidirectional host structures compared with non-

unidirectional host structures. However, there was 

one publication where non-noticeable effects were 

reported on the strength of MFC based on 

unidirectional laminates [16]. 

Another explanation for the observed greater 

weakening effects in the present study might be the 

assembly procedure utilized to construct the MFC. 

The procedure treated the sensor substitute like an 

active sensor. Hence, the sensor substitute was 

bonded using enameled copper wires, conducting 

adhesive, and epoxy resin for insulation. As a 

consequence of the assembly procedure the variance 

of measured thickness increased. In addition, some 

specimens were visibly compromised. 

In addition to published research findings, the 

present study also characterized the properties of 

MFC under compressive loading. Based on the 

results one could conclude that compressive loading 

of MFC with embedded sensor substitutes has more 

negative effects than tensile loading. 
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5 Outlook 

In a next step, the assembly procedure will be 

revised. The scope of the revised procedure is a 

significantly reduced compromising of the structural 

integrity of MFC. Subsequently the mechanical 

properties of MFC with active printed sensors that 

were manufactured using the revised assembly 

procedure will be characterized. The primary 

objective is the manufacture and embedding of 

active printed pressure sensors that can be used to 

measure pressure distributions at the interface 

between residual limbs and exoprostheses. 
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Figures 

 

 

Fig. 1. Overview of all handcraft laminated 

specimens that were used to determine the 

mechanical properties  

 

 

Fig. 2. Working step of the handcraft laminating 

process showing impregnated carbon fibers, sensor 

substitutes, enameled copper wires, and the pre-

designed frame to align the substitutes correctly 

 

 

Fig. 3. Sensor substitutes with printed conducting 

paths that were insulated with epoxy resin 

 

 

Fig. 4. Failure pictures of specimens with transverse 

fiber orientation showing transverse cracking as a 

result of compression (a) or strain (b) 

 

 

Fig. 5. Failure pictures of specimens with parallel 

fiber orientation showing fiber breakage as a result 

of strain 

 

 

 

 

 

ICCM19 5462



Tables 

Table 1. Testing parameters of testing procedures 

 
tensile test shear test compression test 

parallel transverse shear parallel transverse 

lay-up [06] [9012] [+45/-45]6 [012] [9012] 

theoretical UFC 

dimension [mm] 
250 x 15 x 0.94 250 x 25 x 1.87 250 x 25 x 1.87 110 x 10 x 1.87 110 x 10 x 1.87 

theoretical MFC 

dimension [mm] 
250 x 15 x 1.06 250 x 25 x 2.00 250 x 25 x 2.00 110 x 10 x 2.00 110 x 10 x 2.00 

theoretical tab 

dimension [mm] 
50 x 15 x 1.02 50 x 15 x 1.02 50 x 15 x 1.02 50 x 15 x 1.02 50 x 15 x 1.02 

testing speed 

[mm·min
-1

] 
2 2 2 1 1 

grip/tool hydraulic hydraulic hydraulic ITTRI [28] ITTRI [28] 

preload 10 N 10 N 10 N 0.1 MPa 0.1 MPa 

strain measure-

ment (parallel) 
laserXtens laserXtens laserXtens 

strain 

gauge 

two strain 

gauges 

strain measure-

ment (transverse) 

strain 

gauge 

strain 

gauge 
laserXtens 

strain 

gauge 
- 

 

Table 2. Measured dimensions and percentage error (δ) of all specimens compared to theoretical dimensions 

   

length 

(mm) 

width 

(mm) 

δ width 

(%) 

thickness 

(mm) 

δ thickness 

(%) 

te
n

si
le

 t
es

t parallel 

UFC 250 14.91 ± 0.02 -0.6 0.80 ± 0.04 -14.9 

MFCI 250 14.78 ± 0.05 -1.5 0.87 ± 0.01 -17.9 

MFCII 250 14.82 ± 0.02 -1.2 0.92 ± 0.04 -13.2 

transverse 

UFC 250 25.05 ± 0.04 0.2 1.79 ± 0.11 -4.3 

MFCI 250 24.92 ± 0.03 -0.3 2.06 ± 0.04 3.0 

MFCII 250 24.92 ± 0.06 -0.3 2.05 ± 0.09 2.5 

sh
ea

r 

te
st

 

shear 

UFC 250 25.01 ± 0.02 0.0 1.93 ± 0.08 3.2 

MFCI 250 24.99 ± 0.02 0.0 2.20 ± 0.19 10.0 

MFCII 250 24.95 ± 0.01 -0.2 2.41 ± 0.24 20.5 

co
m

p
re

ss
io

n
 t

es
t 

parallel 

UFC 110 9.98 ± 0.01 -0.2 1.54 ± 0.08 -17.6 

MFCI 110 9.96 ± 0.04 -0.4 2.60 ± 0.05 30.0 

MFCII 110 9.94 ± 0.02 -0.6 1.71 ± 0.15 -14.5 

transverse 

UFC 110 9.99 ± 0.02 -0.1 1.60 ± 0.06 -14.4 

MFCI 110 9.96 ± 0.03 -0.4 2.41 ± 0.28 20.5 

MFCII 110 9.89 ± 0.04 -1.1 2.09 ± 0.28 4.5 
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Table 3. Summary of mean tensile properties  

  n Ēt (GPa) ����̄M (MPa) ����̄M (%) 

UFC  0° 5 117.1 ± 7.1 1716 ± 76 1.4 ± 0.1 

MFCI  0° 5 103.4 ± 2.3 1243 ± 69 2.6 ± 1.6 

MFCII  0° 5 96.7 ± 7.2 1120 ± 122 2.3 ± 0.8 

UFC  90° 3 7.3 ± 0.2 23 ± 1 0.2 ± 0.1 

MFCI  90° 4 6.4 ± 0.3 19 ± 2 0.2 ± 0.0 

MFCII  90° 4 6.3 ± 0.1 19 ± 1 0.2 ± 0.1 
Note. n indicates the number of valid tests, Ē t indicates the 

mean modulus of elasticity in tension, �̄M indicates the mean 

tensile strength and �̄ M indicates the mean tensile strain at 

tensile strength 
 

Table 4. Summary of mean shear properties  

  n Ḡ12 (GPa) ����̄12M (MPa) 

UFC  ±45° 5 3.1 ± 0.1 51 ± 1 

MFCI  ±45° 5 2.9 ± 0.3 45 ± 2 

MFCII ±45° 5 3.0 ± 0.2 42 ± 3 
Note. n indicates the number of valid tests, Ḡ12 indicates the 

mean in-plane shear modulus and �̄12M indicates the mean in-

plane shear strength 

 

Table 5. Summary of mean compressive properties 

  n Ēc (GPa) ����̄cM (MPa) ����̄cM (%) 

UFC  0° 0 - - - 

MFCI  0° 0 - - - 

MFCII  0° 2 85.3 ± 20.4 309 ± 21 0.4 ± 0.1 

UFC  90° 4 10.0 ± 3.1 94 ± 9 1.3 ± 0.3 

MFCI  90° 3 5.2 ± 1.3 46 ± 7 1.0 ± 0.0 

MFCII  90° 2 8.0 ± 4.6 45 ± 13 0.7 ± 0.2 
Note. n indicates the number of valid tests, Ēc indicates the 

mean modulus of elasticity in compression, �̄cM indicates the 

mean compressive strength and �̄ cM indicates the mean 

compressive strain at compressive strength 
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Abstract 

Ultrasonic welding of thermoplastic composites is a 
very interesting joining technique as a result of good 
quality joints, very short welding times and the fact 
that no foreign material (e.g. a metal mesh) is 
required at the welding interface in any case. This 
paper shows how on top of these advantages there is 
a consistent relationship between the feedback 
provided by modern ultrasonic welders and the weld 
strength. This relationship provides a tool for the fast 
and reliable definition of the optimum welding 
parameters for a certain material and welding 
configuration, which is usually a lengthy and costly 
process for other welding techniques.  

 

1 Introduction  

Ultrasonic welding is a very attractive assembling 
technique for thermoplastic composites since it is 
very fast, it does not require the use of foreign 
materials (e.g. a metal mesh) at the welding interface 
regardless the nature of the material being welded 
and it provides excellent quality joints. It is very 
well suited for welding of small areas and it can, in 
principle, be applied in a sequential manner for the 
welding of larger areas [1]. Consequently, ultrasonic 
welding is regarded as a very promising candidate 
for cost-effective assembly of mass-produced parts, 
such as clips and brackets in composite aircraft 
structures or composite automotive parts.  
 
Mechanical pressure and a high-frequency low-
amplitude vibration are applied to the parts to be 
ultrasonically welded. As a result, heat is generated 
at the welding interface via surface and viscoelastic 
friction. Energy directors are used to promote heat 

generation in the interface between the parts to be 
joined. Energy directors are traditionally man-made 
resin protrusions on the welding surfaces. As a result 
of their smaller cross section, they undergo higher 
strains during the welding process and hence 
experience higher viscoelastic heating rates than the 
bulk material [2]. Unreinforced thermoplastic parts 
intended to be assembled through ultrasonic 
welding, a process widely used in various industries 
[3], are directly moulded with energy directors on 
the joining surfaces. In the case of the research on 
ultrasonic welding of thermoplastic composite parts, 
energy directors made out of the matrix resin have 
been traditionally moulded on the already 
consolidated adherends in a secondary production 
step [4]-[7]. Based on the procedures of the plastics 
industry, these energy directors are usually linear 
ridges with triangular, rectangular or semi-circular 
cross sections. The shape, size, number and 
orientation of the energy directors have been shown 
to have a major effect in the welding process and its 
results, since they influence heat generation and 
resin flow at the welding interface [6][7]. Quite 
recently Fernandez Villegas has presented in [8] 
successful results obtained with flat energy directors 
consisting of a loose matrix resin film placed at the 
welding interface. Preferential heating of the flat 
energy director occurs as a result of the lower 
compressive stiffness of the neat resin film as 
compared to the stiffness of the composite 
adherends. The use of flat energy directors greatly 
simplifies ultrasonic welding of thermoplastic 
composites and provides 100% welded areas without 
the need for extensive optimisation of the interfaces. 
 
 
A significant advantage of ultrasonic welding of 
thermoplastic composites as compared to other 
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welding techniques is that it allows for in situ 
monitoring through process data. This possibility 
was first introduced by Benatar and Gutowski in [4], 
who analysed changes in the dissipated power and 
the acceleration of the base caused by the flow of the 
energy directors. More recently, Fernandez Villegas 
built on this idea and showed in [8] a clear 
correlation between the feedback of a 
microprocessor-controlled welder and the physical 
changes at the welding interface for flat-energy-
director ultrasonic welding. In that study the 
dissipated power and the displacement of the 
sonotrode were found to define five distinct stages 
within the vibration phase of the welding process as 
shown in Figure 1 and described in what follows. 
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Figure 1. Five stages in the vibration phase of ultrasonic 
welding as defined by the dissipated power (black) and 
displacement of the sonotrode (grey) curves (CF/PEI, 
300 N, 82.6 µm). 
 
•Stage 1: the energy director starts to heat up but no 
physical changes are observed at the welding 
interface yet. This stage features a continuous 
increase of the dissipated power until a maximum is 
reached. 
•Stage 2: the flat energy director starts to locally 
melt as a hot-spot nucleation and growth process. 
Nucleation is mostly controlled by surface friction 
heating whereas viscoelastic heating has a 
predominant influence in the growth process. Stage 
2 is characterised by a power decrease while the 
displacement of the sonotrode stays constant. 
•Stage 3: the whole energy director is molten and 
starts to flow. This stage is characterised by a 
simultaneous increase of the power and of the 
displacement of the sonotrode. 

•Stage 4: along with the flow of the energy director, 
the matrix in the uppermost layers of the composite 
adherends starts to (locally) melt. This stage features 
a plateau in the dissipated power. 
•Stage 5: melting of the matrix in the adherends is 
predominant in this stage, which is characterised by 
a drop in the power. 
 
The present paper is a step forward in the 
investigation of ultrasonic welding of thermoplastic 
composites in which the mechanical properties of 
the ultrasonically welded joints are correlated with 
the dissipated power and the displacement of the 
sonotrode as provided by the ultrasonic welder. Such 
a correlation is a very important tool for fast 
definition of the optimum processing parameters for 
a certain material and welding configuration, which 
is usually a lengthy and costly process for other 
welding techniques. 

 

2 Experimental procedures 

In the present research work, single-lap 
thermoplastic composite samples were individually 
welded within different stages of the ultrasonic 
welding process. Relations between the strength of 
the welds, the physical transformations at the 
interface and the feedback from the welder were 
sought. Different combinations of welding force and 
vibration amplitude were used to further investigate 
these relations. The materials and procedures 
followed in this experimental research are described 
in detail in what follows. 
 
2.1 Adherends 
The material used in this study was Cetex CF/PEI 
(carbon-fibre reinforced polyetherimide) with 5 
harness satin fabric reinforcement. [0/90]3S 
laminates (1.92 mm nominal final thickness) were 
consolidated in a hot-platen press at 320°C and 
20 bar for 30 min. 100 mm x 25.4 mm samples were 
cut from the laminates with an abrasive saw to 
produce single-lap welded specimens. The main 
apparent orientation of the fibres on the outer 
surfaces of the samples was parallel to their 
longitudinal direction. After cutting, the samples 
were dried in an oven at 135°C for 6 hours following 
the recommendations of the manufacturer.  
 

1 2 3 4 5 
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2.2 Welding 
A 20 kHz Rinco Dynamic micro-processor 
controlled ultrasonic welder was used to weld 
individual samples in a single-lap configuration with 
12.7×25.4 mm2 overlap area. This ultrasonic welder, 
with a maximum power output of 3000 W, 
automatically adjusts the power delivered during the 
welding process in order to keep the vibration 
amplitude constant. It also allows for a certain range 
of amplitude values for a fixed sonotrode/booster 
configuration. For the 1:1 booster and 1:2 sonotrode 
used in this study, nine peak-to-peak amplitude 
levels ranging from 51.8 to 86.2 µm were available. 
The titanium sonotrode was cylindrical with 40 mm-
diameter at the edge in contact with the samples to 
be welded. 
 
Shifting of the adherends during the welding process 
was prevented through a custom-made welding jig 
(Figure 2). This welding jig also prevented bending 
of the upper adherend during the melting and flow of 
the energy director by allowing the adherend to slide 
vertically throughout the welding process. 
 

 
Figure 2. Ultrasonic welder and welding jig used in this 
study. 1: sonotrode, 2: platform that is allowed to slide 
vertically, 3: clamp for the upper adherend (attached to 2), 
and 4: clamp for the lower adherend. 
 
As described in the ‘Introduction’, flat energy 
directors, i.e. flat matrix resin layers, were used to 
concentrate heat generation at the welding interface 
instead of the traditional triangular energy directors 
described in literature. As shown later in this paper, 
these flat resin layers proved to successfully 
concentrate heating at the welding interface and to 
provide 100% welded areas. The flat energy 
directors were manufactured in a hot platen press at 

260°C out of five 50 µm-thick neat PEI layers. The 
final thickness of the flat energy directors was 
0.25 mm. After being cut to size (slightly bigger 
than the overlap area), they were oven-dried at 
135 min for 1 h. 
 
The minimum and maximum vibration amplitudes 
for the booster/sonotrode configuration used in this 
study, i.e. 51.8 µm and 86.2 µm were evaluated. The 
welding force, which was kept constant throughout 
the vibration phase of the process, was either 300 N 
or 1500 N. These values almost covered the whole 
range of welding forces available in the ultrasonic 
welder. The duration of the vibration time was 
indirectly controlled through the differential 
displacement of the sonotrode, which, as shown later 
in this paper, was found to provide highly consistent 
results. This controlling parameter is called travel 
hereafter. The solidification force and time were 
respectively 1000 N and 4 s for every set of welding 
parameters. 
 
2.3 Testing and evaluation 
The welded samples were mechanically tested 
following the ASTM D 1002 standard (five samples 
per set of welding conditions) with a cross-head 
speed of 0.13 mm/min. The apparent single-lap 
shear strength (LSS) of the welds was calculated as 
the maximum load divided by the total overlap area. 
 
Micrographic cross-sections along the length of 
overlap at the middle of the welding area were 
analysed to assess the changes in the welding 
interface and in the composite adherends in different 
stages of the welding process. Fractography was 
used to evaluate the main failure modes in the 
different welding conditions. 
 
Finally, the dissipated power and the displacement 
of the sonotrode during the vibration phase of the 
welding process were obtained as feedback from the 
ultrasonic welder. The vibration time was also 
provided by the welder. 
 

3 Results and discussion 

3.1 Power/displacement curves and weld strength 
Figure 3 displays representative power curves for 
travel values ranging from 12% to 100% of the 
thickness of the flat energy director at 300 N 

1 

3 

2 

4 
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welding force and 86.2 µm vibration amplitude. The 
corresponding displacement curves are not shown in 
order to improve clarity. However the beginning of 
stage 3 (characterised by a simultaneous increment 
of the power and of the displacement) is depicted by 
vertical lines drawn onto the power curves.  
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Figure 3. Power curves for different travel values (from 
12% to 100%) and corresponding lap shear strength 
values for 300 N welding force and 86.2 µm vibration 
amplitude. In order to improve clarity, the power curves 
are shifted upwards and the displacement curves are not 
presented. Vertical lines are drawn instead on the power 
curves to indicate the beginning of stage 3. 
 
As seen in this Figure, 12% travel leads to welding 
processes that end in stage 3, 20 and 40% travel 
result in stage-4 welding processes (very beginning 
of stage 4 for 20% travel) and 60, 80 and 100% lead 
to stage-5 welding. Only one power curve per travel 
value is depicted n Figure 3, however these results 
were consistently obtained for all the samples 
welded in this study. To illustrate this, Figure 4 
shows the power curves for different samples 
welded under 20%-travel (stage-4 welding) and 80% 
travel (stage-5 welding). 
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Figure 4. Power curves for different samples welded at 
20% travel (left) and 80% travel (right), 300 N welding 
force and 86.2 µm vibration amplitude. The vertical lines 
indicate the beginning of stage 3 as defined by the 
simultaneous increase of power and displacement. 
 
Figure 3 also displays the LSS for the different 
travel values investigated. The weld strength is seen 
to increase during stage 3 until it reaches a 

maximum (37.3±1.6 MPa) towards the end of stage 
4 (40% travel). In stage 5 the weld strength features 
a decreasing trend. The scatter in the LSS values is 
below 8% (coefficient of variation) in every case. 
 
Representative fracture surfaces are shown in 
Figures 5 to 10. At 12% and 20% travel (Figures 5 
and 6) the remaining energy director, which still 
shows in cross sections as a quite thick and distinct 
weldline at the interface (see Figure 11), can be 
clearly identified in the fracture surfaces. It mainly 
remains on one of the fracture surfaces and it 
primarily shows fibre imprints on its surface, while 
the opposite fracture surface shows relatively bare 
fibres. The imprints on the surface of the energy 
director are, as shown in the SEM details of Figures 
5 and 6, deeper for 20% than for 12% travel. For 
12% travel patches of energy director without any 
fibre imprints as well as clear traces of neat resin at 
the fracture line of the energy director are also often 
found (Figure 5). 
 

 
 

Figure 6. Fracture surface (left) and SEM detail (right) for 
300 N, 86.2 µm and 20% travel. The circle indicates the 
approximate location of the detail. 
 

 
 

Figure 5. Fracture surface (left) and SEM detail (right) 
for 300 N, 86.2 µm and 20% travel. The circle 
indicates the approximate location of the detail. 

 
At 40% travel fracture surfaces show torn fibre 
bundles sometimes being pulled out from the 
adherends (Figure 7). Traces of the energy director 
are not easily found on these fracture surfaces, 
which as shown in Figure 11 already has a thickness 
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similar to the resin-rich areas between the layers of 
the adherends. 
 

 
 

Figure 7. Fracture surface (left) and SEM detail (right) for 
300 N, 86.2 µm and 40% travel. The circle indicates the 
approximate location of the detail. 
 

 

 
Figure 8. Fracture surface (left) and SEM detail (right) for 
300 N, 86.2 µm and 60% travel. The circle indicates the 
approximate location of the detail. 
 

  
Figure 9. Fracture surface 
at 80% travel (300 N 
welding force and 86.2 µm 
amplitude). 

Figure 10. Fracture surface 
at 100% travel (300 N 
welding force and 86.2 µm 
amplitude). 

 
At 60% travel, fracture surfaces feature deep 
laminate tearing and some deformation of the fibre 
bundles closer to the welding interface (Figure 8). 
As the travel increases, increasing deformation of 
the fibre bundles can be seen in the fracture surfaces, 
which tend to show planar failure as opposed to deep 
laminate tearing (see Figures 9 and 10 for 80 and 
100% travel). 
 
Looking back at the evolution of the weld strength in 
Figure 3, the gradual LSS increase in stages 3 and 4 
can be attributed to several potential factors. Firstly, 
the enhanced molecular diffusion and therefore the 
creation of a stronger bond as the matrix in the 

uppermost layers of the adherends starts to melt. On 
the other hand, the decrease in the thickness of the 
weldline could be expected to decrease to a certain 
extent the peak stresses at the edges of the overlap 
during single lap shear testing, as it is known for 
adhesive bonded joints [9]. The gradual decrease in 
LSS after the maximum reached within stage 4 is 
mainly attributed to the deformation of the un-
supported fibre bundles under vibration when big 
areas of matrix melt. This effect mostly weakens the 
interface and its vicinity and tends to cause failure in 
that area leading to relatively planar fracture 
surfaces. The occurrence of deep laminate tearing, 
especially at 60% travel, is attributed to the kinking 
of the uppermost layers of the adherends at the edges 
of the overlap as a result of local matrix flow [8] as 
shown in Figure 12. This phenomenon brings along 
some porosity within the adherends most probably 
caused by the flow of resin and/or the de-
compaction of areas not subjected to the welding 
pressure. This porosity is believed to act as a starting 
point for the tearing of the adherends. The potential 
effect of the kinks on the stresses at the edges of the 
overlap during the single lap shear test is unknown. 
 

  
Figure 11. Cross-section micrographs (centre of the 
overlap) for 20% travel (left) and 40% travel (right) at 
300 N welding force and 86.2 µm. Arrows indicating the 
position of the weldline. 
 

  
Figure 12. Cross-section micrographs (edge of the 
overlap) for 60% travel (left) and 80% travel (right) at 
300 N welding force and 86.2 µm vibration amplitude 
showing kinking of the uppermost layers of the lower 
substrate and associated porosity. 
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3.2 Effect of the welding parameters 
As discussed in [8], changes in the main welding 
parameters, i.e. the welding force and the vibration 
amplitude, do not have a significant effect in the 
overall shape of the power/displacement curves and 
in the stages they define. Moreover Figures 13 and 
14 show that when the amplitude is decreased to 
51.8 µm or the force is increased to 1500 N, the 
relationship between power curves and weld 
strength remains as explained previously. 
Consequently, the weld strength increases in stages 
3 and 4 until it reaches a maximum towards the end 
of this last stage and it gradually decreases in stage 
5. The average LSS values obtained in these two 
cases are very similar to the ones presented in the 
previous section. As for the dispersion in the weld 
strength, for 300 N-56.2 µm the scatter is below 
4.5% and for 1500 N -86.2 µm it is below 7.5%.  
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Figure 13. Power curves for different travel values (from 
20% to 100%) and corresponding lap shear strength 
values for 300 N welding force and 51.8 µm vibration 
amplitude. 
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Figure 14. Power curves for different travel values (from 
20% to 100%) and corresponding lap shear strength 
values for 1500 N welding force and 86.2 µm vibration 
amplitude. 
 
Changing the force or the amplitude has however a 
significant impact in the duration of the vibration 
phase and in the dissipated power levels [8]. Figure 
15 presents typical 100%-travel power curves for the 
three sets of parameters in this study as well as LSS 
versus average vibration time for all the travel 
values in this research. The time shift in the power 

curves as well as in the development of the weld 
strength is clearly visible in this Figure. 
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Figure 15. Representative 100%-travel curves (left) and 
LSS versus vibration time curves (right) for the three 
combinations of welding parameters in this study: (a) 
300 N-86.2 µm, (b) 300 N-51.8 µm, and (c) 1500 N-
86.2 µm. Error bars in the LSS graph are not presented for 
improved clarity. 
 
Apart from this obvious time-shift in weld strength 
development, a closer inspection of Figures 3, 13 
and 14 reveals that the travel value for maximum 
weld strength is not the same for every set of 
welding parameters. As shown in Figure 16, 
increasing of the welding force from 300 N to 
1500 N (86.2 µm amplitude) has the effect of 
pushing the initial increase of LSS, and thus the 
maximum LSS value, to higher travel values. 
Likewise, decreasing of the amplitude of vibration 
from 86.2 µm to 51.8 µm (300 N welding force) also 
has the effect of slightly delaying the occurrence of 
the maximum LSS. Its main effect though is 
providing better strength retention at high travel 
values. 
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Figure 16. Average LSS versus travel for the three sets of 
welding conditions studied in this paper (A9=86.2 µm  
amplitude and A1=51.8 µm).  
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The evolution of the fracture surfaces with 
increasing travel for 300 N welding force and 
51.8 µm amplitude is very similar to what explained 
in the previous section for 300 N and 86.2 µm. The 
main difference is lower deformation of the fibre 
bundles at the highest travel values. Figure 17 
illustrates this through a 100%-travel fracture 
surface. In the case of 1500 N welding force and 
86.2 µm amplitude fibre tearing is overall less 
pronounced and no deep laminate tearing can be 
observed at any travel value. Figure 18 shows 
considerably less fibre tearing on a 100%-travel 
surface as compared to the other sets of welding 
conditions under study. 
 
Based on these results, the fact that a higher travel is 
necessary to reach maximum weld strength for high 
force-high amplitude conditions is believed to be 
caused by the very short vibration time. When the 
welding force is high there is a much more effective 
triggering of viscoelastic heating all over the 
interface through improved surface friction [8][10]. 
As a result, the time required for the energy director 
to fully melt and to start flowing is significantly 
diminished. When the vibration time is short, there 
is less time available for heat to be transferred to the 
adherends. Figure 19 shows an indication of the 
through-the-thickness extent of the heat affected 
zone (HAZ) at 100%-travel for 1500 N-86.2 µm and 
100% travel for 300 N-86.2 µm based on the cross 
section of welds non-solidified after vibration. Even 
though viscoelastic heat generation is expected to be 
the same in both cases as a result of the same 
vibration amplitude [8], the HAZ is not as deep for 
the high welding force. Therefore melting of the 
matrix in the uppermost layers of the adherends, and 
hence achieving improved molecular diffusion along 
with the creation of strong bonds, will require longer 
vibration times and thus higher travel values in that 
case. The fact that fibre tearing occurs to a much 
lesser extent during failure of the high force-high 
amplitude welds indicates that the bonds formed in 
this case are nevertheless not as strong as the ones 
formed in lower welding force or lower amplitude 
conditions. 
 
The more effective weld-strength retention at high 
travel values for low force-low amplitude welding is 
attributed to a lower deformation of the fibre 

bundles at the welding interface once the matrix is 
molten. This directly results from the lower welding 
amplitude. The lower welding amplitude also 
decreases the viscoelastic heating rate, which could 
be the reason why strength development is slightly 
shifted towards higher travel values as compared to 
300 N-86.2 µm. 
 

  
Figure 17. Fracture surface 
at 100% travel for 300 N 
and 51.8 µm showing less 
fibre-bundle deformation 
than the one in Figure 10 
(300 N and 86.2 µm) 

Figure 18. Fracture surface 
at 100% travel for 1500 N 
and 86.2 µm showing less 
fibre tearing than the ones 
in Figures 10 (300 N and 
86.2 µm) and 19 (300 N 
and 51.8 µm) 

 

  
Figure 19. Cross-section micrographs of samples welded 
at 100% travel, 1500 N and 86.2 µm (left) and 100% 
travel, 300 N and 86.2 µm (right) that did not undergo 
solidification after vibration. De-consolidation voids can 
be observed in the areas that reached temperatures above 
Tg during the vibration. For 1500 N-86.2 µm voids are 
observed in the first (uppermost) composite ply, whereas 
for 300 N-86.2 µm they can as well be found in the 
second composite ply. Note that just one adherend is 
presented since the weld opened up after pressure release. 
 

4 Conclusions 

The main conclusions drawn from this study on the 
optimum processing conditions for ultrasonic 
welding of CF/PEI thermoplastic composites are the 
following. 
•There is a direct relationship between the 
power/displacement curves generated during each 
welding cycle and the strength developed by the 
welded joints. The weld strength increases during 
stage 3 of the process (characterised by flow of the 
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energy director) until a maximum is reached towards 
the end of stage 4 (simultaneous occurrence of flow 
of the energy director and melting of the matrix in 
the uppermost layers of the adherends). Melting of 
the matrix positively contributes to molecular 
diffusion across the weldline and hence to the 
creation of strong welds. After this maximum, the 
strength gradually decreases during stage 5 (where 
mostly melting of the matrix occurs) primary as a 
result of the deformation of the fibre bundles under 
the vibration. 
•The relationship between the strength and the 
power/displacement curves is independent of the 
welding conditions, i.e. welding force and 
amplitude. However, there are differences in how 
the strength is developed as a function of the travel. 
Some of these differences result from the fact that 
when the welding force is high there is very little 
time available for the heat generated at the interface 
to be transferred to the adherends. Consequently, 
melting of the matrix along with higher strength 
welds only occur at higher travel values. Likewise, 
decreasing of the amplitude of vibration has a direct 
influence in the deformation of the fibre bundles and 
hence in strength retention at high travel values. 
•The travel or displacement of the sonotrode can be 
effectively used to control the duration of the 
vibration phase of the flat-energy-director ultrasonic 
welding process. For a given set of welding 
conditions a fixed travel leads to welding cycles that 
consistently end at the same power stage. As a 
result, similar fracture features and little dispersion 
in strength values are observed in such welds. 
•Apart from in situ monitoring of the welding 
process, the power/displacement curves can be 
effectively used to indirectly define an optimum 
range for the travel of the sonotrode given a certain 
set of welding force and vibration amplitude. As a 
result, the definition of processing windows for the 
ultrasonic welding process is greatly simplified. 
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1 Introduction
Carbon nanotubes (CNTs) show unique mechanical,
electrical and thermal properties and large surface
area as well as the potential for surface functionali-
zation and they have been used in applications of
biosensors and considered as potential reinforcement
materials in biocomposites for a long time[1-7].But
one of concerns about toxicity effects of CNT is
their risk in the body environment, such as
inflammatory responses or the formation of
Granuloma[8].To avoid this, we combine with CNTs
Poly (vinyl alcohol) (PVA) hydrogel molecules.
PVA is a useful water-soluble synthetic hydrogel,
which has been widely studied and applied in the
form of fiber, film and gel[9-11].PVA hydrogel has
been advanced as a biomaterial for the applications
of medical devices because of its viscoelastic nature,
high water content, non-toxic and biocompatibi-
lity[12,13].Compare to other hydrogel molecules,
PVA-H is easier to get crosslinked without the
addition of chemical crosslinking agents, which may
be devastating when released into the body system.
After a freezing-thawing process, PVA molecular
chains are cross-linked by entanglement, molecular
association, or crystallites [14,15].
Electrophoretic deposition (EPD) has attracted
substantial attention for the fabrication of thin films
and coatings of polymers [16], carbon nanotubes
(CNTs)[17,18] and composite materials [19-21] for the
surface modification. Compare to other methods,
EPD offers the advantage of a high deposition rate
and the possibility of the fabrication of relatively
thick coatings[22,23].
In the recent years, the kinetics of EPD has not been
probed and how the factors like voltage and time
influencing the process of deposition is still
indefinite. Though some encouraging moderate
improvement of tensile strength and modulus, the
overall mechanical properties of the hydrogels

produced were still low. Systematical study on
carbon nanotubes reinforced PVA in hydrogel form
in order to explore its full potential as
multifunctional biomaterial has yet to be done.
Our study aims develop another successful way to
disperse MWCNTs within PVA aqueous solution by
functionalizing the nanotubes with strong oxidant
and co-deposit them on the surface of bare copper
electrode under direct current to form a uniform
coating and analyzing influence of different
parameters on EPD process .Then develop a high-
performance MWCNT/PVA composite hydrogel for
biomedical applications.

2 Materials and Methods

2.1 Materials

MWCNTs (diameter~40–60 nm, length~1–2μm,
amorphous <3%) were purchased from Shenzhen
Nanotech Port Co. Ltd. in China and used as
received. Polyvinyl alcohol powders (polymerization
degree of ~1750 and 99% hydrolyzed) were supplied
by Beijing Xisi Chemicals Co.Ltd. The surfactants
investigated were Poly(vinyl pyrrolidone) (PVP, K-
30 with the average molecular weight of 40,000)
(Yily Fine Chemicals Co.Ltd., Beijing, China).And
used as received to prepare 0.5wt.% aqueous
solutions. K3[Fe (CN)6] was supplied by Beijing
Chemical Works. Water was distilled and deionized.

2.2 Preparation and Characterization of
MWCNTS/PVA Modified Electrodes

MWCNTs was subjected to ultrasonic wave in H2O2,
and refluxed for a while. Then the aggregates were
obtained by a mild centrifugation (CF).MWCNTs
aggregates were treated at elevated temperature and
prepared by chemical oxidation in a concentrated
acid. Once cooling, the oxidized MWCNTs were
washed to neutral with distilled water. MWCNTs
after oxidization were mixed with distill water
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(1mg/mL) and subjected to ultrasonic wave for
hours. In order to obtain the MWCNTs/PVA
dispersion, put PVA into the MWCNTs aqueous
solution and heat up for 1.5h.EPD was
implemented using a DC power supply under a
range of conditions, including variation of electric
field strength (10-35 V/cm) and deposition time
(0.5-3.5min), to investigate the kinetics of the
deposition process and the optimal condition. Then
the MWCNTs/PVA coated electrode was placed into
a refrigerator for 10 h and then it was allowed to
thaw at room temperature for 4 h and repeated the
whole process for four times.
The surface morphology of MWCNTs/PVA
modified electrodes was characterized by field
emission gun-scanning electron microscopy
(FESEM, Apollo 300, and 10 KV).Cyclic
voltammetry was performed using the electro-
chemical workstation CH instrument 618D with a
conventional three-electrode system, a working
electrode, a platinum plate (20 mm*20 mm*0.3 mm)
as counter electrode and a saturated calomel
electrode (SCE) as reference electrode. The
chemical composition of the PBS solution is
Na2HPO4·12H2O (10.5 g/L) and KH2PO4(2.6 g/L).

2.3 Preparation and Characterization of
MWCNT/PVA Composite Hydrogel

A stable aqueous MWCNT dispersion was obtained
by using nonionic surfactant PVP with the optimized
PVP/MWCNT weight ratio of 20% from the above
dispersions investigated. Thus, a series of MWCNT–
PVP dispersions were made by adding MWCNTs
(0.5, 1.0, 1.5 and 2.0 wt%, respectively) into
aqueous PVP solutions with a fixed weight ratio of
PVP/MWCNT 20% in the following MWCNT/PVA
hydrogel preparation. In all experiments, the
continuous matrix of PVA hydrogel was made from
25 wt% PVA aqueous solution. MWCNT/PVA
composite hydrogel was prepared by freezing–
thawing technique from a mixture of the MWCNT–
PVP dispersion and PVA. The MWCNT–PVP
dispersion was sonicated (200W) for 15 min at room
temperature. Then PVA powder was added into the
uniform MWCNT–PVP dispersion, and the mixture
was stirred and heated up to 120 °C in a YX-280
pressure steam sterilizer (Binjiang Medical
Equipment Ltd., Jiangsu, China)and maintained at
120 °C (0.1 MPa) for 1.5 h. After mixing, the hot

mixture was slowly decanted into a mold and settled
for a few minutes to release the air bubbles trapped
in the mixture. Finally, the mixture was placed into a
refrigerator and kept at 26 °C for 10h and then it was
allowed to thaw at room temperature for4 h. After
these freezing–thawing cycles for four times, a
composite hydrogel was generated. For comparison,
PVA hydrogel, PVA–PVP hydrogel (PVP:PVA ratio
0.2 wt%) and MWCNT/PVA composite hydrogel in
absence of PVP (1.0 wt% MWCNTs) were also
prepared in the same way.
Tensile stress–strain properties and tear strength
were determined using a Chaoyang WDS-5
universal mechanical tester with the loading rate
kept at a strain rate of 500 mm/min at room
temperature. The mechanical testing specimens were
casted directly in the mold through the casting
procedures described above, with the specimen
dimensions following ISO standards. The tensile
specimen was dumb-bell shape with width 4 mm,
thickness 2 mm and gauge length 20 mm [ISO
37:2005(E)] In each case, five samples were tested
from which the mean and standard deviation were
calculated. The friction coefficient was obtained by
the ball disk sliding friction experiments (10 N load
force, 100 r/min speed of rotation) using an UMT-2
universal micro-tribometer tester (Center of
Tribology company, US) with deionized water as
lubricant.

3 Results and Discussion

3.1 Effects on Deposit Yield and Electrochemical
Performance

The deposit yield (deposit weight per surface area)
was measured at different voltage (10, 15, 20, 25,
30and35V) and constant time (1 min). The deposit
yield versus applied voltage (Y-V) curve in Fig. 1
shows as the electric-field strength increases (the
distance between electrodes are fixed), the
movement of MWCNTs /PVA is faster.
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Fig.1. Deposit yield versus applied voltage for compo-site film prepared
for 1 min from MWCNTs/PVA dispersions (electrode separation=1cm).

It could also be manifested in Fig.2that the higher
voltage, the more MWCNTs/PVA composite
nanoparticles deposited on the substrate. The
relationship between MWCNTs/PVA deposition
yield and voltage for EPD matches the results
observed by other researchers [24, 25].The surface
morphology of different kinds of MWCNTs/PVA
modified electrodes corresponding to varied applied
potentials is also shown. It is evident that as the
voltage becomes higher, the amount of MWCNTs
/PVA increases accordingly, and the deposition film
tends to uniform and even. But for higher voltage,
more and more bubbles were found near the surface
of two electrodes as the electrolysis of water, and it
is difficult to get uniform deposition.

10va:10v

20v

b:20v

c:35v

Fig.2. Optical photographs and Surface morphology of MWCNTs/PVA
composite coating obtained by EPD at the voltages of
(a)10V,(b)20V,(c)35V,

Cyclic voltammograms obtained with different
voltages of deposition in phosphate buffered
solution (PBS) containing 1mM K3[Fe (CN)6] at
a scan rate of 10mv/s are shown in Fig.3 and
from the CV curve a capacitance value could be
generated, which can be characterized by
integrating the areas under the curves. The
anodic and catholic peak currents increase with
increasing the voltage of EPD process. As more
and more MWCNTs/PVA particles deposited on
the substrate, the charge exchange rate on the
surface of electrode is improved, and it explains
why the current becomes higher with increasing
voltage.
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Fig.3. CV curves of 1 mM Fe (CN) 63- in PBS for MWCNTs/PVA EPD
processed electrodes at different applied voltages. The accumulation
time and scan rate is 2s and 10mv/s, respectively

The variation of deposit yield (Y) versus time (t) for
deposition voltages of 35 V is shown in Fig. 4. From
0.5 min to 2.5 min, the deposit yield increases with
extending the time, and the tendency is matched
with the theory. But as time prolonged, the
phenomenon of electrolysis of water is also notable,
and the bubbles near the surface of two electrodes
affect the deposition process and then the deposit
yield would not increase for longer time. So the
deposition time should be limited within 2.5 min.
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Fig.4. Deposit yield versus deposition time for composite film prepared
at a deposition voltage of 35 v.

The surface morphology of deposits in Fig. 5 may
also prove this trend.Relationship between
MWCNTs/PVA deposition yield and time for EPD
is also verified by other researchers [26, 27].It is shown
that MWCNTs/PVA-modified electrodes corres-
ponding to varied applied time from time 0.5min to
2.5min, the deposit density increases and the film

becomes even; for 3.5min deposition, there are
notable micropores.
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Fig.5. Surface morphology of composite film obtained by EPD for
different deposition time (a) for 0.5min, (b) for 1.5min, (c) for 2.5min,
and (d) for3.5min.

Cyclic voltammograms obtained with different time
of deposition in PBS containing 1mM K3[Fe(CN)6]
at a scan rate of 10mv/s are shown in Fig.6. The
anodic and catholic peak currents increase with
increasing the time of EPD process from 0.5min to
3min, but decrease for 3.5 min of deposition. This
phenomenon is corresponding to the deposit yield vs.
time curve and surface morphology of the electrodes.
The more MWCNTs/PVA deposited on the
electrode, the more active sites on modified
electrode, and the response to the electron transfer is
more sensitive. That explains the peak current
increase with extending the time.
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Fig.6.CV curves of 1 mM Fe (CN)63- in PBS for MWCNTs/PVA EPD
processed electrodes for different deposition time. The accumulation
time and scan rate is 2s and 10mv/s, respectively.

3.2 Comparison between Modified Electrode and
Bare Copper Electrode

The cyclic voltammograms obtained in phosphate
buffered solution (PBS) containing 1mM K3[Fe
(CN)6] at bare copper electrode and MWCNTs/PVA
modified electrode at a scan rate of 10mv/s are
shown in Fig.7 (a) that the redox peaks current:
modified electrode > bare Cu. Oxidation and
reduction peaks are observed at 0.643v and 0.566v
at bare copper electrode, 0.624v and 0.542v at
modified electrode. The peak-to-peak separation on
copper is 77 mv, which is relatively close to the
value obtained according to the theory and function.
The peak to peak separation of MWCNTs/PVA
modified electrodes is 82 mv and is slightly larger
than copper which can be explained with the PVA
film acting as a barrier against the Fe (CN)63- to
reach the electrode surface, but the peaks current is
much higher. This can be attributed to the larger
electroactive surface area at the MWCNTs/PVA
coating after the inclusion of MWCNTs in PVA
matrices. It means due to the modification of
MWCNTs, there are more active sites on the surface
of the modified electrode, and the response to the
electron transfer is more sensitive.
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Fig.7 (a) Cyclic voltammetry responses of 1 mM Fe (CN)63-in PBS at
bare copper electrode and MWCNTs/PVA modified electrode. (b) Cylic
voltammograms at MWCNTs/PVA modified electrode in PBS
containing 1 mM Fe (CN)63- at different scan rate.(c)The relationship
between peak currents and scan rate.

Cyclic voltammograms obtained with different scan
rates in aqueous PBS containing 1mM Fe (CN)63-at
MWCNTs/PVA modified electrode are shown in
Fig.7(b). The anodic and cathodic peak currents
increase with increasing the potential scan rate
ranging from 10mV/s to 100mV/s. The detailed
description of the relationship between peak currents
and scan rate is shown in the insert of Fig.7(c). The
anodic and cathodic peak current vs. square root of
the scan rate is linear, which suggests that the
process is predominantly diffusion controlled and
manifests this type of modified electrode is much
better when compared to bare copper electrode.

3.3 Mechanical Properties of MWCNT/PVA
Composite Hydrogels

Tensile test was performed to evaluate the effect of
carbon nanotubes on the mechanical properties of
the MWCNT/PVA composite hydrogels. Fig.8(a)
shows the typical tensile behavior of PVA hydrogel
and MWCNT/PVA composite hydrogels. In each
case of the tensile tests, the samples were broken in
the linear elastic region without obvious yield
phenomenon and further plastic deformation
Fig.8(a), showing a characteristic feature of brittle
fracture. Despite their brittle fracture behavior, the
hydrogels performed rubber-like large-strain
flexibility with the elongationat-break values
between 110% and 180%. The moduli of composite
hydrogels determined by the slope of stress–strain
curves were all higher than that of PVA hydrogel
itself.
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Fig.8.(a)Tensile stress-strain curves of (1) PVA hydrogel and MWCNT
/PVA hydrogels with different MWCNT contents(b)Comparison of tear
strength of the composite hydrogels with different MWCNT contents.

Similar to the trend of the tensile strength and
elongation-at-break as a function of the MWCNT
content, the tear strength of PVA hydrogel matrix is
drastically enhanced by adding a small amount of
PVP-wrapped MWCNTs, but the improvement
decreases with a further increase of the MWCNT
content, as presented in Fig.8(b). MWCNT/PVA
hydrogel with 1.0 wt% carbon nanotubes has the
highest tear strength of 9.1 kN/m, a 63%
improvement over PVA hydrogel. However, the
value decreases to 7.2 kN/m when the MWCNT
content is increased to 2.0 wt%.
There are a number of physical parameters of
determining the mechanical properties of a
polymeric hydrogel, such as the density, molecular
weight, and crosslinking degree of the network for
either chemical or physical crosslinked polymers,
porosity of the polymeric network etc [12, 13, 28, 29]. For
MWCNT/PVA composite based hydrogels, we
believe that the porosity of the network, the
uniformity of composite and the strong interfacial

(b)

(a)(c)
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interaction between PVP-wrapped MWCNTs and
PVA hydrogel matrix have a significant effect on
their mechanical properties.

3.4 Tribological Properties of MWCNT/PVA
Hydrogels

Fig.9(a) shows representative COF curves of PVA
hydrogel and composite hydrogels measured by the
ball-disk sliding friction experiments.The COF value
of each sample was obtained by averaging the
reading of load application over 40 sec from the
plateau of the COF curve. As illustrated in Fig.9(b),
the COF value of PVA hydrogel decreases clearly
from 0.248 to 0.203 in the presence of a small
amount of PVP (0.2 wt%). Detail study on the
reduction of COF of PVA by blending with PVP
was reported in[30].Interestingly, the COF values of
all MWCNT/PVA hydrogels developed are also
lower than PVA hydrogel similar to PVA-PVP blend
hydrogel ( 0.204) regardless of the amount of
MWCNTs. In contrast, MWCNT/PVA hydrogel in
the absence of PVP has the highest COF value of
0.282 in Fig.9(b). Those results imply that the
tribological properties of the hydrogels are
predominated by the nature of polymer hydrogels
and interface between polymer matrix and nanotubes.
Clearly, PVP surfactant is attributed to the
significant improvement of tribological properties
for PVA hydrogel. It is suggested that PVP probably
smoothes the material surface and thus screens PVA
and MWCNTs. In a microporous three-dimensional
network structure of PVA hydrogel, the water which
contributed to the lubrication between the friction
pair was gradually squeezed out from the pores of
the three-dimensional polymer network. It was
believed that the surface water was consisted of
equilibrium water and free water [31]. Equilibrium
water played a major role during the lubrication
process rather than free water because it had
stronger interaction with polymer chains throughout
the whole network. Amide groups from PVP chains
could induce more equilibrium water and improve
the wear resistance of PVA hydrogel [12], resulting in
smaller friction coefficient of PVA-PVP blends and
PVP-wrapped MWCNT/PVA composite hydrogels.
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Fig.9. Tribological properties of hydrogels. (a) Representative
coefficient of friction (COF) curves for (1) PVA hydrogel, (2)
MWCNT(0.5 wt%)–PVP/PVA hydrogel and (3)MWCNT(2.0 wt%)–
PVP/PVA hydrogel. (b) Comparison of COF values of different
MWCNT/PVA hydrogel

3 Conclusion

The effect of main EPD parameters including
applied voltage and deposition time on the deposit
yield as well as electrochemical performance of
modified electrode was investigated. The deposit
yield increased by increasing applied voltage (below
35v) and deposit time (below 2.5min).This
relationship was in good agreement with EPD
theoretical relations considered for ceramic powders.
The more MWCNTs/PVA deposited on the
electrode, the more active sites on modified
electrode, and the faster response to the electron
transfer. By altering the parameters of deposition,
different electrochemical properties were obtained.
The optimized voltage and deposit time for EPD of
MWCNTs/PVA composite hydrogel coating were
found to be 35v and 2.5min. Based on the optimized
process parameters, the novel MWCNTs /PVA
modified electrode outperform bare copper electrode
and the response to the electron transfer is more
sensitive. Both anodic and cathodic peak currents of

(a)
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Fe (CN)64-/ Fe (CN)63- redox system on modified
electrode exceed those on bare copper electrode,
which means there are more active sites on the
surface of the modified electrode, and the response
to the electron transfer is more sensitive when
compared to bare copper electrode.
The reinforcement of the PVP-wrapped MWCNTs
dramatically improved the mechanical properties of
PVA hydrogel, depending on the concentration and
distribution of carbon nanotubes. Particularly, a
133% improvement of the tensile strength and a
63% improvement of the tear strength were achieved
by the addition of only 1.0 wt% of MWCNTs. In
addition, all the MWCNT/PVA composite hydrogels
became more wear-resistant in the presence of PVP
with different MWCNT contents.
The optimized method of composite coating and
the enhanced mechanical and Tribological
proper-ties, in combination with their electrical
/thermal conductivity and biocompatibility, will
further broaden the applications. These
MWCNT/PVA hydrogels are promising
multifunctional materials for a wide range of
biomedical applications including biosensor,
artificial cartilage substitute, drug delivery and
so on.
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Summary 

An experimental study accompanied by 
numerical finite element (FE) analysis of 
induction welding of PPS-carbon 
composites is reported. In order to develop 
a robust process devoted to welding of 
advanced composites for aeronautic 
applications, the influence of the 
fundamental process parameters such as 
generator power, distance between 
induction coil and laminate, coil geometry 
and laminate lay-up on the heating rate and 
the heat distribution were analyzed using 
FE simulations carried out with Comsol 
Multiphysics software. The model was 
validated through the comparison of 
experimental and model results obtained in 
stationary and dynamic experiments. 
Infrared thermography was used to obtain 
full field temperature measurements of the 
heated surface. A prototype panel was 
obtained by welding “L” shaped stringers 
on a flat laminate was performed using 
optimized parameters. The strength of 
welded joints was measured either by 
single lap shear measurements either by 
peeling of the mentioned stringers.  

 

1 Introduction 

Thermoplastic matrices for composites are 
characterized by several advantages 
compared to thermosetting ones. Among 
other, the possibility of welding parts is 
considered one of the most relevant. 
Different techniques have been proposed 
and tested at lab scale and in some case 
the production scale [1-6]. Indeed 
aeronautic structures have been joined by 
resistance welding. When glass fibers 
reinforced composites must be welded 
metal wire net is needed. On the other 
hand, when carbon fiber composites are 
used their electrical conductivity can be 
exploited to generate heat in the welding 
region.  
Induction welding is also a well assessed 
technique for metal parts joining. It has 
been successfully applied to carbon fibers 
reinforced composites for the last 15-20 
years. The studies carried out on 
continuous induction welding of 
thermoplastic matrix/carbon fiber 
composites indicated that high 
performances joints can be obtained [1-4, 
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7]. The attainment of proper welding 
procedures leading to repeatable strength 
of welded joints is a critical issue still not 
fully achieved, but necessary to better 
exploit the potential of thermoplastic 
composites in different industrial 
applications, and mainly in the aerospace 
sector [3-5, 8]. While resistance welding 
requires the preparation of the joining 
interface with proper conductive materials 
followed by an electrical heating along the 
overall welding line, induction welding 
requires minimum preparation, even if the 
welding is performed moving the heated 
area along the welding line at constant 
velocity. Resistance welding is 
characterized by lower heating and cooling 
rates compared to induction welding [6]. 
The main disadvantage of the induction 
welding, beside the required full knowledge 
of the multi-physical phenomena at the 
basis of this technique, are the lack of 
available industrial equipments specifically 
developed for composites. For this reason 
a new induction welding machine was 
developed for continuous welding of 
advanced thermoplastic composites. This 
apparatus, in which some new features 
were introduced to ensure a proper 
temperature distribution across the 
thickness of the joint, was designed thanks 
to a huge work comprising numerical and 
experimental activities.  
The initial fundamental step for the 
development of the new induction welding 
machine was the study of a numerical 
model to support the analysis of the 
different parameters involved with the 
induction welding principle. The numerical 
simulation of the electromagnetic field 
generated by an inductive coil and the 
related eddy currents within the conductive 
material to be welded, were modeled 
together with the heat exchange 
phenomena due to the Joule effect. The 
numerical results were validated thanks to 

the comparison with experimental data, i. e. 
temperature measurements by means of 
thermocouples and IR thermography (field 
temperature measurements). 

The good matching between experimental 
and numerical data indicated that a reliable 
numerical tool, for the definition of 
optimized welding parameters support  was 
developed. The effectiveness of the 
optimized parameters was proved by the 
high values of mechanical performances 
found for the welded joints. Finally,  thanks 
to the experimental and numerical work 
carried out, useful guidelines and 
procedures the application of for induction 
welding of composites in the aeronautic 
sector were gathered. 

2 Materials and Methods 

The study of the processing parameters 
was carried out on carbon-fibre fabric 
reinforced polyphenylensulfide(CF-PPS), 
the CETEX®composite provided by 
TENCATE (5-harness satin; fibre volume 
fraction: 50%; thickness: from 1.2 to 2.48 
mm).  

The experiments were performed with a 
600 kHz, 220 V induction generator, 
designed and developed in cooperation 
with SINERGO (see Fig. 1). While the 
tension and frequency are kept constant, 
the power, ranging between 0.5 kWh and 
3.5 kWh, can be tuned for each particular 
coil and weld geometry investigated. The 
other parameters that can be changed 
during the welding are listed below: 

• Coil distance; 
• Consolidation pressure (applied by 

means of a cooled cylinder);  
• Feed velocity (velocity of the welding 

head, from 1m/min up to 50 m/min); 
• Cooling rate of the upper surface of 

the joining. 

ICCM19 5482



 

 

Figure 1: view of the induction welding 
machine (top) and detail of the welding 
head (bottom). 

During induction welding experiments, heat 
is produced within the conductive carbon 
fiber reinforced composite, and the 
temperature in the welding region must 
increase above the melting temperature of 

PPS matrix, i.e. 340 °C. On the other hand 
while the temperature of the lower and 
upper surface of the welding region is kept 
below 220 °C. In particular the surface 
closer to the inductive coil was 
continuously controlled through an optical 
pyrometer (see Fig. 2). Consolidation 
pressure was applied during welding of “L” 
shaped stringers on a flat laminate thanks 
to a cooled cylinder capable to reduce the 
temperature of the molten material below 
its crystallization temperature.  

Continuous welding is obtained through the 
coil motion at  constant velocity. A 
commercial microbolometric FLIR Infrared 
thermocamera with 320x256 Focal Plane 
Array with a standard 24° lens was used 
for field temperature measurements. The 
mechanical properties of the welded joints 
were evaluated by single lap tests 
according to ASTM D5868 and by peeling 
tests on “L” shaped stringer welded on a 
flat laminate (width = 23 mm). 

 

Figure 2: schematic view of the induction 
welding.  

3 Finite Element Model 

Finite element simulations using Comsol 
Multiphysics 4.2 finite element (FE) 
software were carried out coupling 
electromagnetic and energy balance 
differential equations in order to calculate 
the temperature distribution and to optimize 
the coil geometry.  
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Figure 3: picture of the coil used in the first 
FE simulations (top) and FE calculated 
temperature profiles (bottom). 

In order to simulate the heat generation 
caused by the magnetic field, generated by 
an alternate current which flows in the coil, 
a study in the frequency domain was done 
with the Comsol Magnetic Fields module. 
The current in the coil was modeled by 
means of the Lumped Port tool, in which 
tension and characteristic impedance of the 
welding machine were introduced. At last 
heat generation due to the  eddy currents 
(Joule effect) flowing in the carbon fabric, 
under proper initial and boundary 
conditions, was modeled with the Comsol 
Heat Transfer in Solids module. 

 

 

Figure 4. Sketch of welding geometry of an 
“L” shaped stringer on a flat laminate and 
of the coil shape: circular (top) or “double D 
shaped” (bottom) 

 

4 Results and Discussion 

Simulations at different power and distance 
between the sample and the coil were 
initially carried out adopting a simplified 
geometry (Fig. 3) of the induction coil. In 
these simulations the coil was not moved 
and the time required to reach a 
temperature of  260 °C  (533 K in fig. 3) at 
a point of the sample surface below the coil 
(surface temperature) were determined and 
then compared with experimental data.  

These simulations were obtained setting 
proper values of the key physical 
parameters for simulations, i.e. magnetic 
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permeability, magnetic permittivity, 
electrical conductivity.  

 

 

Figure 5: comparison of the temperature 
distributions obtained with a circular coil 
(top) and the “Double-D” coil (bottom) 

Then more complex welding configurations 
as well as coil geometries, leading to a 
more uniform temperature distribution 
within the welded joints, were modeled and 
compared. In particular the two coil 
geometries, shown in Figs 4a and 4b, were 
considered.  

The results of FE simulations obtained 
adopting a circular coil and a Double-D coil 
are shown in Figure 5a and 5b.  The 
temperature calculated at the interface 
between the two components to be welded 
were compared with that measured by a 

thermocouple. In this case the coil was not 
moved and after 60 s the power was turned 
off. This comparison is shown in Figure 6, 
where the numerical and experimental 
temperatures are plotted as a function of 
the heating time for the circular coil. A very 
good agreement between numerical and 
experimental results is obtained. A similar 
agreement between FE model results and 
experimental data was also obtained 
comparing the results of the finite element 
simulation with the results of infrared 
thermography and using the “Double- D” 
shape coil. 

 

Figure 6: comparison of the numerical and 
experimental temperatures during heating 
and cooling.  

The validated FE model was then applied 
to optimize the process parameters and the 
coil dimensions for two different geometry. 
A static FE analysis was also performed 
changing the distance between the 
composite surface and coil (Figure 7b). The 
temperature evolution at the welding 
interface obtained with different values of 
power (Figure 7a). The horizontal lines in 
these figures represent two limits: the 
upper curve is placed at the matrix 
degradation onset while the lower matrix 
melting point.  These plots indicates that 
optimized conditions can be found 
combining these two process parameters. 
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Figure 7: Temperature evolution after 45 s 
at the welding interface as a function of the 
position across the coil center. The 
composite-coil distance is changed (top), 
keeping the power at 40% of the maximum 
value of 2.1 kW and the  power (bottom) as 
the percentage of its  maximum value, 
keeping the coil-composite distance = 
2mm. 

Welding of two flat laminates was 
performed as preliminary activity in order to 
fabricate specimens for single lap shear 
tests. The results of these experiments 
indicate that very high performances of the 
welded joints, up to 26 MPa, in good 
agreement with the values reported in the 
literature [2], can be obtained.  

A typical plot reporting the shear stress as 
a function of the crosshead displacement 
obtained in a single lap shear test is 
reported in Figure 8, together with a picture 
of the fracture surface of the single lap 

specimen. The average value of resistance 
obtained with the single lap shear test is 
reported in Table 1: 

 

 

Figure 8: single lap shear stress vs. 
displacement curve for an induction welded 
joint (top) and picture of the broken surface 
of a single lap specimen (bottom). 

Single Lap Shear 
Test 

Maximum shear 
stress (MPa) 

 26.27+2.91 

Peel test Peel strength 
(N/mm) 

 9.60+0.68 

Table 1: Results of single lap shear test 
and of peel test on L shaped stringer 
welded on a flat laminate.  

The results of peel tests performed on 
specimens obtained welding with L-stringer 
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on a flat laminate are also reported in Table 
1. A picture of the break surface, occurring 
at the joint between the “L” shaped stringer 
and the composite laminate, is shown in 
Figure 9.  

 

Figure 9: Break surface of peel test at the 
joint interface . 

5 Conclusions 

A prototype panel stiffened with four “L” 
shaped stringers was fabricated as shown 
in Figure 10. The developed numerical 
model is currently used to optimize the 
induction welding of more complex 
geometries, such as composite laminates 
stiffened with stringers of different shapes: 
Moreover induction welding will be applied 
to other thermoplastic matrix composites, 
such as PEEK and PEKK matrix  
composites. 
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Figure 10: picture of a panel stiffened with 
four “L” shaped stringers. The stringers 
were welded by induction adopting a 
“Double-D” coil. 
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THE 19TH INTERNATIONAL CON

1 Introduction  

The design of a wind turbine blade is based on 
certain parameters, some of which 
while others are assumed under different hypotheses 
as a starting point for the design process

The wind speed incident on the blade and its length 
are the basic parameters of any design, which 
depend on the environmental conditions at the
and the expected energy to be generated by the 
turbine, respectively. 

The aim of this study is to create a series of 
calculations for the blade design of a floating wind 
turbine. This series is created in the form of a loop 
which allows its usage in an optimization cycle.

 

2 Design Methodology 

For applying this method, a blade cross
known aerodynamic properties is taken into 
consideration. The aerodynamic properties are 
essential for calculation of loads applied to the blade 
[1-3]. For optimizing the blade behavior in service, 
different types of spar cross-sections are studied; an 
example is given in the figure 1.  

 

Fig.1. Section of the blade
 

The distribution (layups) of the composite materials, 
along the blade’s length, is determined 
considering the damage behavior of the materials 
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The distribution (layups) of the composite materials, 
along the blade’s length, is determined by 
considering the damage behavior of the materials 

used and by using a failure criterion such as the 
Yamada Sun criterion. The mathematical 
representation is given in equation 1
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3 Results 

Finally, a finite element study is done with the help 
of the commercial code ABAQUS, on the optimized 
blade, with respect to its; material layup, applied 
loads and boundary conditions. This step allows the 
validation of blade design in presence of damage. 

 The criterion for damaged behavior used is 
Hashin’s criterion [4]. This criterion indicates the 
presence of damage by degrading the stiffness of the 
structure with respect to level of damage.

 

Fig. 3. Force displacement curve showing stiffness 
of different blades under flapwise loading
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1 Introduction 
Carbon fiber reinforced plastic (CFRP) is in-
homogeneous material consists of carbon fibers and 
polymeric resin matrices having strongly anisotropic 
material properties, such as higher tensile strength 
and modulus in fiber direction than those in 
transverse directions. Therefore, CFRP is usually 
used in the form of laminate fabricated by stacking 
prepregs in a pre-determined arrangement that 
includes multiple fiber directions and results in 
having intended material properties as a laminated 
part. 
Similarly to the material properties, the fracture of 
CFRP is very complex compared to that of metallic 
materials that are usually treated as homogeneous 
and isotropic. Even in the case of a simple 
unidirectional laminate, fracture modes of the 
laminate strongly depend on the loading conditions 
with respect to the fiber directions. 
In the case of a CFRP laminate having multiple 
layers and subjected to tensile or bending loads, for 
example, the matrix cracking in transverse direction 
to the loading direction called as “transverse crack” 
typically occurs as an initial failure of the laminate 
mostly in the layers of which fiber directions are 
transverse to the tensile stress direction [1]. 
This transverse crack is a fracture in resin between 
fibers or in interface between resin and fiber. The 
macroscopic strain level at the first transverse 
cracking is around 0.2% to 1% that is much lower 
than those of matrix resins that are around 5% for 
thermoset resins and 100% for thermoplastic resins.
Since fibers in resin have very high stiffness 
compared to the resin itself and cause local strain 
concentration in the resin near the fibers, the 
transverse cracking usually starts at lower 
macroscopic strain level [2]. Such transverse cracks 
can cause delamination between laminate layers or 
fiber breakage of other layers, and finally can 
degrade the life of the product or result in final 
fracture of the product. 

Fabrication of a CFRP laminate is usually performed 
using an autoclave to apply elevated temperature and 
pressure conditions in autoclave that are specified 
for the material system to cure the resin matrix. 
Temperature condition is to control the chemical 
reactions of the matrix resin. Pressure condition is to 
squeeze out excess resin, to consolidate plies, and to 
minimize the void content. Although the causes of 
void formation are understood as the moisture 
dissolved in resin [3] or the air entrapped during the 
lay-up process or during the impregnation of resin in 
pre-preg processing [4], many of such void 
formation can be eliminated by applying elevated 
pressure conditions in autoclave and it is possible to 
fabricate CFRP laminates with high internal quality.  
Even in the case of autoclave curing, voids may be 
formed if the configuration of the product is 
complex and the pressure conditions locally deviate 
from the specified ones [5]. In the case of Out-of-
Autoclave curing that applies pressure conditions 
lower than that of autoclave curing, the process itself 
is prone to remain voids in laminates and a lot of 
research efforts are made to reduce those voids by 
controlling curing process conditions or reducing 
moistures or micro voids from the prepreg. [3, 6-9] 
Many of those previous researches regarding the 
effect of voids on the strength of CFRP laminates 
were focused on the relationship between void 
volume fraction, Vv, and the strength in each fracture 
modes. Those researches revealed that voids affect 
the mechanical properties of CFRP laminates, such 
as modulus of elasticity and fracture toughness and 
degrade compressive strength in fiber direction, 
tensile and compressive strength in transverse 
direction, and flexure strength, and interlaminar 
shear strength [10-16]. It has been also demonstrated 
that the effect of void on these strength reduction is 
increased in accordance with increase in Vv.  
Thus, although these researches investigated the 
effect of voids on the strength of CFRP laminate in 
relation to the void volume fractions, Vv, those 
effects in relation to the fracture mechanism from 
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microscopic viewpoint, in particular, the transverse 
cracking as the initial failure of CFRP laminates has 
not been well understood. Moreover, while some 
efforts have been made to calculate the microscopic 
strain field that affect the initiation of damage in 
CFRP laminates [17], the actual measurement has 
been made only to obtain the strain field [18] but not 
discussed in detail with respect to the initial failure 
of the CFRP laminates. 
In this study, the effect of voids on the transverse 
cracking as an initial failure of CFRP laminates has 
been investigated to clarify the mechanism of the 
strength reduction in CFRP laminates containing 
voids caused by changed curing pressure conditions. 
In addition, the strain distribution in CFRP laminate 
layers were actually measured and evaluated in the 
same scale range as voids, i.e. micrometer order, 
because the initiations of transverse cracks are 
strongly affected by the microscopic mechanics. 

2 Experiments 

2.1 Materials and specimens 

It is difficult to observe the initial failure sequences 
in transverse tensile test using CFRP laminate 
specimens consist of only 90° layers since transverse 
cracks in such CFRP laminates propagate instantly 
through the 90° layers – the layers whose fiber 
direction is transverse to the loading direction – and 
result in final failure just after their initiation.  
Hobbiebrunken, et al performed 3-point bending test 
in a scanning electron microscope (SEM) using 
specimens of special stacking sequence that consists 
of many 0° layers between a few 90° layers on the 
surfaces in order to perform in-situ observation of 
the failure initiation in the 90° layers on the tensile 
side surface at the longitudinal center area of the 
specimens. Figs.1 and 2 show the geometry of 
specimens and the outline of the loading apparatus, 
respectively, used in these experiments [19]. This 
method has an advantage that enables observation of 
the initial failure in transverse loading condition by 
preventing sudden final failure of specimens by 
supporting most of the applied load by 0° layers and 
limiting the displacement of the specimens. 
The same method was applied in this study. The 
effect of voids on the initial failure, i.e. the initiation 
of transverse cracks, in 90° layers using specimens 
of various void volume fractions, Vv. The same 
loading apparatus shown in Fig.2 was used. 
Unidirectional carbon/epoxy UTS50/#135 prepreg 
(Toho Tenax, 180°C cure type) was used to fabricate 
CFRP laminates of [902/05]s stacking sequence by 

autoclave curing process. The pressure conditions in 
the laminate fabrication were changed from the ones 
specified for this material system to prepare the 
laminates for the specimens of three void volume 
fractions named Specimen A, B and C. Ultrasonic 
inspection was performed to check if voids are 
uniformly distributed in those laminates. The void 
volume fractions of the laminates for Specimen A, B 
and C were evaluated by optical microscope 
observation on representative cut surfaces as, 0%, 
2% and 4.6%, respectively. Each piece of the 
specimens was cut from the corresponding laminate 
into the dimensions shown in Fig.1. The in-situ 3-
point bending tests in SEM were performed using 
these specimens to observe the transverses cracking 
in 90° layers at the tensile side surface of these 
specimens. The changes in the strains at the time of 
transverse cracking and the crack locations and paths 
were evaluated. 
Figs.3 and 4 show the cross sections of Specimen A 
and B, respectively, before in-situ 3-point bending 
testing. While no voids are found in Fig.3 (Vv=0%), 
some voids were observed in Fig.4 (Vv=4.6%). Since 
the void sizes are small enough relative to the sizes 
of laminate cross-sections and the distributions of 
voids can be assumed as random, the void volume 
fractions were estimated as the ratio of the cross-
sectional area of the laminate to the accumulated 
cross-sectional area of voids measured from these 
SEM pictures. The shape of voids are observed as 
long and thin in 0° layers whose lengths are ranging 
from tens to hundreds micrometers and small 
circular or ellipse shape in 90° layers. Based on such 
observations, it is considered that the voids are 
contained in the form of circular or elliptical 
cylinder in CFRP layers. Moreover, resin rich 
regions are observed at the both ends of the voids so 
that voids can exist inside of the resin rich regions 
even if voids cannot be identified in the surface 
observation by SEM. 
The surface of each test specimen for SEM 
observation was prepared by three steps of mirror 
polish, flattening, intermediate and final polishing 
using polisher (ECOMET3, BUEHLER), and 30-
second gold deposition applied by an ion coater 
(FINECOATER JFC-1200, Japan Electron Optics 
Laboratory (JEOL)). 

2.2 In-situ failure observation 

At first, in-situ observation of the transverse crack 
initiation was performed. The outline of specimens 
and the loading apparatus were as shown in Figs.1 
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and 2, and the diameters of loading pin and 
supporting pins were 6mm and the distances 
between those pins were 10mm. This loading 
apparatus was exactly identical one shown in Fig.2, 
and installed in the SEM (JSM-6510, JEOL). 3-point 
bending load was applied by manually controlled 
displacement of the pins. 
Through-the-thickness cracks transverse to the local 
tensile stress in the two 90° layers at the tensile side 
of specimens was defined as “transverse crack” in 
this test, the first transverse crack as “initial failure”, 
the applied force F just before the initial failure as 
“initial failure load”, and the macroscopic 
longitudinal strain ε22 at the center of the surface at 
tensile side as “initial failure strain”.  
The in-situ SEM observation was performed with 
the magnification of 300 times, and the loads and the 
locations of initial failure were recorded. The 
applied loads were measured using a load cell with a 
capacity of 2kN and recorded at the times when the 
first two or three cracks were observed. The load 
cell was connected to a signal conditioner (CDV-
700A, Kyowa Electronic Instruments), and the 
voltage output was recorded using data acquisition 
software (PCD-320A, Kyowa Electronic 
Instruments). Those obtained loads corresponding to 
the respective void volume fractions were compared 
to investigate the effects of voids. 
The transverse crack locations were measured as the 
longitudinal distances from the location of center pin 
to the transverse cracks using the built-in length-
measurement function of the SEM. In this study, the 
initial failure strains were calculated from the initial 
failure loads and the initial failure locations using 
classical laminate plate theory and beam theory with 
the assumption of Vf=0.60. 

2.3 Microscopic strain measurement 

To investigate the effects of microscopic in-
homogeneity like voids on the transverse cracking of 
CFRP laminates, microscopic strain distributions in 
90° layers were measured by image analysis of the 
SEM pictures. Since application of random patterns 
that is usually applied to the specimens for the strain 
measurement by image analysis was difficult at 
microscopic scale appropriate for the area around 
voids, fiber image itself was used instead of the 
random pattern since gray level difference between 
fiber and matrix in SEM pictures is clear to identify 
fibers. The in-situ 3-point bending test was 
performed in the same way as described in the 
previous section using the specimens of three levels 

of void volume fractions A, B and C. SEM pictures 
of 5 locations of each specimen were taken at every 
50N load-increasing step. The magnifications were 
300 times and the picture sizes were 5120pixels by 
3840pixels. To minimize the error in image analysis, 
attention was paid for each picture to be in focus and 
to include the same area for five locations as much 
as possible for each specimen. The image analysis 
program for searching fiber locations prepared for 
this research was used to calculate the fiber 
displacements and the resultant strain distributions. 
It was assumed that the shape of cross-sectional area 
of a fiber is true circle and not deformed since the 
modulus of elasticity of fiber is much higher than 
that of matrix and hence corresponding strain in 
fiber is negligible. Since the strains of the elements 
having contact with the outer circumference of the 
SEM pictures cannot be defined with this method, 
the strains ε22 were indicated as 0 in displaying the 
microscopic strain distribution. 

3 Results and discussion  

3.1 In-situ failure observation 

The sequence of the failure events observed in the 
in-situ 3-point bending tests were the same for all 
specimens as follows; 

(1) Transverse cracking in 90° layers located 
near the loading point in tensile side, 

(2) Local fiber breakage in 0° layers located 
near the transverse cracks and,  

(3) Kink formation in 0° layers located near 
the loading point in compressive side. 

The events (1) and (2) occurred almost at the same 
time and the event (3) occurred after them. The 
number of transverse cracks mentioned in (1) was 
increased with increasing in the applied load. It was 
also observed that some transverse cracks went 
through the voids while some went through the resin 
rich area. Based on these observations, it was 
considered that similar strain concentration occurred 
in both regions around voids and resin rich area. 
The strains at transverse cracking in three point 
bending experiments are shown in Fig.5. These 
initial failure strains at the first transverse crack 
initiation of Specimens B and C were 68% and 50%, 
respectively, of those of Specimen A. Thus it was 
confirmed that the void volume fractions, Vv, 
significantly affect the initiation of transverse cracks. 
This tendency of reducing transverse strengths, i.e. 
the initial failure strains, with increasing in void 
volume fractions, Vv, was the same as the ones 
observed in the previous studies [11,12]. The ratios 
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of strength reductions in this Fig.5 were, however, 
much larger than those found in the previous studies. 
Fig.6 shows the initial failure of the Specimen C 
(Vv=4.6%) as an example of transverse cracking with 
respect to the void locations. This transverse crack 
was initiated at ε22=0.59% in such a way as to run 
through the voids located in the 90° layers, between 
the 0° and 90° layers and on the laminate surface. 
The crack was initiated in a very short instance so 
that it was difficult to identify its origination. This 
tendency about the transverse cracks to run through 
the voids selectively was observed in several 
specimens of Specimen B and C. Moreover, this 
tendency about the transverse cracks to run through 
the resin rich areas selectively was also observed in 
several specimens of Specimen B and C. According 
to this tendency, it was considered that voids exist 
inside of the resin rich areas found in these 
specimens as mentioned in 2.1. 
Based on these observations, it was suggested that 
voids affect the microscopic strain field within the 
CFRP laminates and corresponding initial crack 
initiation. The microscopic strain field measurement 
was therefore planned in the next section to evaluate 
the effect of voids on initial failure quantitatively. 

3.2 Microscopic strain measurement 

Figs.8 and 10 are the results of microscopic strain 
measurement by image analysis of the SEM pictures 
shown in Fig.7 for Specimen A and Fig.9 for 
Specimen C, respectively. Strain distributions shown 
in (a) through (e) in each strain measurement results 
correspond to (a) through (e) in each of the original 
SEM pictures. 

3.2.1 Strain distribution without voids 
Fig.8 shows the distribution of the strain ε22 at 
F=1.5×102N of Specimen A. Since the strains εlam, 
theoretically calculated values of ε22 at the locations 
between the two 90° layers at the tensile side, was 
0.28% to 0.29%, it was confirmed that the strains ε22
were well captured by this measurement as a whole 
and there were some distribution in ε22 because of 
the microscopic inhomogeneity, such as the fiber 
locations and resin rich regions, even in the case of 
laminates without voids. 

3.2.2. Strain distribution with voids 
Fig.10 shows the distribution of the strain ε22 at 
F=2.0×102N of Specimen C. It was confirmed that 
the strains ε22 were very high at the locations around 
the defects on the laminate surface or around the 

voids. In particular, higher strains were observed 
around the voids located near to the specimen 
surface since the macroscopic strains ε22 are 
originally higher and the strain concentration occurs 
around the voids. Thus the location of the voids 
relative to the laminate surface can affect the 
initiation of initial failure. 
Figs.11 through 13 show the comparison of the 
thickness wise distributions of void widths, w, void 
heights, h, and void distances from the laminate 
surface, d, respectively, between Specimen B and C. 
Since it was understood from Fig.4 that voids could 
exist inside of the resin rich regions even if voids 
cannot be identified at the surface, it was identified 
as a void if a dent is observed in a resin rich region 
and its outline is clearly identified. Fig.14 shows an 
example of a resin rich region that was regarded and 
counted as a void. Although there were no clear 
differences between Specimen B and C in the 
distributions of void widths, w, and void heights, h, 
there was very clear difference in the distribution of 
void distances, d, from the laminate surface. While 
there was only one peak around d=190μm for 
Specimen B, there were two peaks d=70μm and 
270μm for Specimen C. Since the thickness of one 
layer of this CFRP laminate was about 190μm and 
the average void width was around 30μm to 40μm, it 
was understood that voids mainly exist in the region 
between the two 90° layers for Specimen B while 
they mainly exist in each of the two 90° layers for 
Specimen C. 
Based on these results, the reason why the initial 
failure strains reduced with increasing in void 
volume fractions, Vv, can be explained as follows. 
Since the load was applied by bending and the 
macroscopic strain was originally higher in the 
region near the surface at the tensile side of the 
specimen, the void locations relative to the laminate 
surface strongly affect the strains, and higher strains 
were caused around the voids near to the specimen 
surface. Considering that many of voids exist in the 
region between the two 90° layers for Specimen B 
and in the region in each of the two 90° layers for 
Specimen C, Specimen C should contain more voids 
near to the specimen surface than Specimen B and 
had more effect on the reduction of the initial failure 
strains by strain concentration around the voids.  

3.2.3. Comparison of measured strains and 
theoretically calculated strains 
Figs.15 and 16 show the comparison of measured 
strains ε22 and their theoretically calculated values 
for Specimen A and C, respectively. The measured 
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strains were defined here as the average of ε22
measured in the five observation areas for each of 
Figs.8 and 10. The straight lines in the graphs show 
the case when the measured strains equals to the 
calculated strains. 
Fig.15, Vv=0%, showed good agreement between the 
measured strains and the calculated strains in the 
range of ε22 from 0 to 0.4%, and it was confirmed 
that the microscopic strain measurement method 
used for this test was appropriate. It was also 
confirmed that the material properties of 90° layers 
were in elastic region since the theory used for this 
calculation assumed elastic deformations. In the 
region ε22 is over 0.6%, the non-linear behavior that 
the measured strains became larger than the 
calculated strains showed the fact that plastic 
deformations started in these regions. 
Fig.16, Vv=2.0%, showed linear relationship between 
the measured strains and the calculated strains in the 
region up to ε22=0.5%. However, since the measured 
strains were slightly larger than the calculated strains, 
the stiffness of Specimen B was considered to be a 
little lower than the stiffness theoretically assumed 
in calculation. 
Fig.17, Vv=4.6%, also showed good agreement 
between the measured strains and the calculated 
strains in the range of ε22 from 0 to 0.4%, and the 
non-linear behavior that the measured strains 
became larger than the calculated strains in the 
region ε22 is just over 0.4%. This fact showed that 
plastic deformations of Specimen C started earlier 
than that of Specimen A. 
It was confirmed from these results that the stiffness 
reduction and plastic deformation of resin started 
earlier when voids are included in CFRP laminates. 
The latter result, in particular, can be the reason why 
the macroscopic failure strains for Specimen B and 
C in the in-situ 3-point bending test were much 
lower than those for Specimen A. 
In the present study, it should be noted that creeping 
effect would be negligible according to the previous 
study [20], even though the testing time for one 
specimen could be some hours to apply loads on 
step-by-step basis and take SEM pictures at every 
loading step.  

4 Conclusions 

The initial failure behavior of 90° layers in CFRP 
laminates subjected to transverse loading were 
observed by in-situ 3-point bending test applying 
enforced displacement in SEM. The results 
confirmed that the initial failure strains actually 

reduced with the increase in the void volume 
fractions, Vv.  
It was also observed that several transverse cracks 
ran through the voids, and the strain concentration 
around the voids could affect the initiation of 
transverse cracks. 
The microscopic strain distribution at micrometer 
order was performed using SEM pictures to identify 
the fiber locations before and during loading and 
calculate displacement of those fibers and resultant 
strains in the in-situ 3-point bending test in SEM.   
The result showed the strain concentration really 
occurred in the regions around the voids. While 
there were no clear relationship between the strain 
concentration and the characteristics regarding the 
void shape, such as void width, w, and void height, h, 
it was showed that the strain concentration was 
increased in the cases that voids were located near to 
the laminate surface. 
In addition to clarify the effect of voids caused by 
changed curing pressure conditions on the transverse 
crack initiation in CFRP cross-ply laminates, it was 
considered that plastic deformation of resin started 
much earlier in the laminate including voids than in 
the laminate without voids at lower macroscopic 
strain, and damage in resin in these regions was 
caused and resulted in the transverse strength 
reduction.  
Based on the result obtained in this study, it is 
necessary to account for not only the effect of void 
volume fractions, Vv, but also the effect of geometric 
arrangement of void with respect to the distance to 
the laminate surface. 
In addition, even though the microscopic strain 
measurement using SEM pictures taken during in-
situ 3-point bending test provided a lot of important 
information about the actual behavior of the 
specimens, the observation was only of the surface 
conditions and did not include any information about 
the internal conditions of the CFRP laminates, such 
as three dimensional strain distributions. Therefore, 
it is considered to be necessary to investigate the 
three dimensional effect of strain concentration 
around the voids by experiments and/or calculations 
in the future work. 
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Fig.1. Geometry of specimen. 

Fig.2. Loading apparatus installed in SEM. 

Fig.3. Cross section of specimen A (Vv =0 %). 

Fig.4. Cross section of specimen B (Vv=2.0 %). 

Fig.5. Strains at the first transverse cracking. 

Fig.6. Transverse crack through voids in specimen C. 

Fig.7. SEM picture of specimen A used in 
microscopic strain measurement.  

Fig.8. Strain distribution (ε22) in specimen A 
 at F=1.5×102 N. 
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Fig.9. SEM picture of specimen C used in 
microscopic strain measurement. 

Fig.10. Strain distribution (ε22) in specimen C 
 at F=2.0×102 N. 

Fig.11. Distribution of void width, w,  
in specimen B and C. 

Fig.12. Distribution of void height, h, 
in specimen B and C. 

Fig.13. Distribution of distances from void to 
laminate surface, d, in specimen B and C. 

Fig.14. Definitions of void width, w, void height, h, 
and distances from void to laminate surface, d, 

for a resin rich region regarded as a void. 

Fig.15. Relationship between measured strain and 
calculated strain - specimen A. 
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Fig.16. Relationship between measured strain and 
calculated strain - specimen B. 

Fig.17. Relationship between measured strain and 
calculated strain - specimen C. 
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Abstract 

In this paper, composite structures are considered 
which consist of several layers of carbon fiber 
reinforced plastics (CFRP). For such layered 
composite structures, delamination constitutes one 
of the major failure modes and hence predicting its 
initiation is essential for their design. Evaluating 
stress-strength relation based onset criteria requires 
an accurate representation of the through-the-
thickness stress distribution, which can be 
particularly delicate in the case of shell-like 
structures. Thus, in this paper, a solid-shell finite 
element is utilized, which allows for incorporating a 
fully three-dimensional material model, still being 
suited for application to thin structures. Moreover, 
locking phenomena are cured by using both the EAS 
and the ANS concept, and numerical efficiency is 
ensured through reduced integration. The proposed 
anisotropic material model accounts for the 
material’s micro-structure by using the concept of 
structural tensors. It is validated by comparison to 
experimental data as well as by application to 
numerical examples. 

 

1 Introduction  

Fiber-reinforced composites are gaining more and 
more importance in technical applications. Their 
most beneficial characteristics, the very high 
Young's modulus and low density, are particularly 
leveraged in shell-like structures of lightweight 
constructions.  
The composites examined in this paper consist of 
multiple layers, each of which is composed of a 
woven fabric, with two families of fibers, embedded 
in a matrix material. Besides this anisotropic 
structure, the stress-strain behavior of such fiber 
composite materials is highly non-linear.  

The composite’s micro-structure can be taken into 
account implicitly by use of an hyperelastic 
formulation, where the anisotropic material behavior 
is introduced through the concept of structural 
tensors. The majority of such models accounting for 
anisotropic material behavior at finite strains were 
developed in the field of biomechanics. For instance, 
axisymmetric orthotropic blood vessels were 
investigated in [1], whereas biological soft tissues 
were modeled in [2] on the basis of an 
incompressible transversely isotropic law for 
moderate deformations. A description of the 
transversely isotropic behavior of rubber was 
presented in [3], and orthotropic constitutive 
equations were provided in [4] for the simulation of 
human leg impact problems. 
Noteworthy, a number of anisotropic material 
models have been proposed for reinforced fiber 
composites by different authors. An overview can be 
found e.g. in [5]. For the experimental validation of 
such models implemented into finite element 
analyses, the reader is referred to [6], while 
modeling techniques for layered composites 
including micro-macro scale transitions are 
presented in [7]. 
In the present paper, however, the model proposed 
by Reese in [8] for fiber reinforced rubber-like 
composites was adopted, in which the transition 
from the micro-scale to the macro-scale is 
formulated in a general manner. Therefore, this 
model is not restricted to rubber-like materials but 
also suitable for the carbon fiber-reinforced plastics 
(CFRP) considered here. 
Structural collapse in fiber composite structures is 
caused by the evolution of either matrix transverse 
cracking, fiber fracture, or delamination. From these 
different damage modes, the delamination is 
particularly important, because it drastically reduces 
the bending stiffness of the structure and promotes 
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local buckling in case of compressive loads. 
Including delamination into the computation of 
composite structures requires the definition of an 
appropriate criterion for its onset as well as the 
prediction of its growth after an initial crack has 
evolved. 
For the initiation of delamination, different criteria 
exist, formulated in dependence of stress-resistance 
relations, e.g. [9-12]. Noticeably, after onset of 
delamination, the high stress gradients appearing at 
the crack front prohibit employing solely stress-
based criteria. Even so, the use of on stress-
resistance relations is sufficient as long as the crack 
growth is not considered but only the initiation of 
the delamination. 
Since fiber-reinforced composites are mostly applied 
in thin shell-like structures, the element formulation 
demands providing a suitable shape for thin 
structures while displaying realistically the three-
dimensional stress states. Although shell 
formulations exist, which take into account the 
through-the-thickness stretching, see e.g. [14-16], 
the implementation of three-dimensional material 
models is much simpler in the context of solid 
elements. On the other hand, the latter typically 
provide a poor performance when being applied to 
thin shell-like structures. In particular, there are 
different locking phenomena to be coped with, 
which cause an overestimation of the stress state and 
an underestimation of the deformation. 
Using solid-shell elements represents one strategy to 
overcome this problem by combining the advantages 
of both solid elements and shell elements at the same 
time. Further, applying the enhanced assumed strain 
(EAS) concept eliminates the volumetric locking in 
case of (nearly) incompressible materials as well as 
the Poisson thickness locking, which occurs in 
bending problems of shell-like structures due to the 
non-constant distribution of transverse normal strain 
over the thickness. In literature, one can find several 
solid-shell formulations incorporating the EAS 
concept, see e.g. [17-19], to name only a few. 
To cure the transverse shear locking, which is 
present in standard eight-node hexahedral elements, 
the assumed natural strain (ANS) method is applied. 
In the context of full integration formulations, the 
ANS can be found e.g. in [20-22], and for reduced 
integration solid-shell formulations e.g. in [23-26]. 
The formulation presented in this paper is based on 
the works of Schwarze and Reese [24-26]. 

For laminated layered composites, the accurate 
determination of the through-the-thickness stress 
distribution was recently investigated by several 
authors. For instance, in [27] an improved shell 
formulation was used for this, whereas in [28] and 
[29] the investigations were based on the solid-shell 
concept. 
For a more elaborate literature overview, the reader 
is referred to the review papers [30-32] and the 
references therein.  
 

2 Anisotropic Material Model 

The anisotropic material behavior of the considered 
composites is taken into account by using the meso-
mechanically motivated model proposed by Reese in 
[8]. Therein, the macro-mechanical material 
response is described on the basis of the concept of 
structural tensors. Thus, a strain energy density 
function W=W(C) is defined, which represents the 
dependence between the second Piola-Kirchhoff 
stress tensor S and the Cauchy-Green tensor C: 

𝑺 = 2 
𝜕𝑊
 𝜕𝑪

 (1) 

In the case of orthotropic material behavior, the 
energy function W(C) reduces to an isotropic 
function of C and the structural tensors M1 and M2, 
which are defined by the dyadic product of the 
structural vectors n1 and n2 representing the fiber 
directions.  

𝑴1 =  𝒏1⨂ 𝒏1 (2) 

𝑴2 =  𝒏2⨂ 𝒏2 (3) 

Then, the strain energy function W(C) can be 
represented in dependence of the following 
invariants: 

𝐼1  =  𝑡𝑟(𝑪) (4) 

𝐼2  = ½ [𝑡𝑟(𝑪)2  −  𝑡𝑟(𝑪2)] (5) 

𝐼3  =  𝑑𝑒𝑡(𝑪)  (6) 

𝐼4  =  𝑡𝑟(𝑪 𝑴1)  (7) 

𝐼5  =  𝑡𝑟(𝑪 𝑴1
𝟐)   (8) 
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𝐼6  =  𝑡𝑟(𝑪 𝑴2)   (9) 

𝐼7  =  𝑡𝑟(𝑪 𝑴2
𝟐) (10) 

In this work, the anisotropic model from Reese [8] is 
adopted, which assumes that the fibers do not carry 
any load in case of compression but only in tension, 
which is not realistic for the carbon fiber reinforced 
plastics (CFRP) considered here. Therefore, this 
model is slightly modified, such that the matrix can 
act as an elastic continuous support for the 
embedded fibers. Moreover, the fiber volume 
fractions 0≤φ1 and 0≤φ2 for the two families of fibers 
are introduced, where φ1+φ2≤1 holds. 
Except of this, we adopt the mentioned model and 
use the following strain energy function: 

𝑊 = (1 − 𝜑1 − 𝜑2)𝑊𝑁𝐻 + 𝜑1 𝑊𝑎𝑛𝑖1
+ 𝜑2𝑊𝑎𝑛𝑖2 

(11) 

Here, WNH denotes the Neo-Hookean part displaying 
the isotropic case in the small strain regime. The 
strain energy function is given by: 

𝑊𝑁𝐻 = µ
2� (𝐼1 − 3) − µ 𝑙𝑛�𝐼3 

+𝛬
4� (𝐼3 − 1 − 2𝑙𝑛�𝐼3) 

(12) 

where µ and Λ denote the constants of elasticity. The 
anisotropic behavior is introduced by the parts: 

𝑊𝑎𝑛𝑖1 = 𝐾𝑎𝑛𝑖11 (𝐼4 − 1)ß1  
+ 𝐾𝑎𝑛𝑖12 (𝐼5 − 1)ß2 

(13) 

𝑊𝑎𝑛𝑖2 = 𝐾𝑎𝑛𝑖21 (𝐼6 − 1)ß1  
+ 𝐾𝑎𝑛𝑖22 (𝐼7 − 1)ß2 

(14) 

Note that in [8] further terms have been introduced 
e.g. for the coupling of the two directions, which 
have hardly influenced the results, and therefore are 
dropped here. The material parameters, which are 
introduced in the formulation of W(C) in equations 
(13) and (14), are determined by comparison with 
virtual experiments carried out at a representative 
volume element (RVE) on the meso-scale, as shown 
in Figure 1. 
 

 

3 Delamination Onset Criterion  

The onset of delamination can be determined on the 
basis of stress-strength relations. In particular, 
delamination occurs in pure interlaminar tension 
(mode I), pure interlaminar sliding shear (mode II), 
and pure interlaminar scissoring shear (mode III), if 
the corresponding interlaminar stress component 
exceeds the respective maximum interfacial 
strength. Here, the interlaminar stress components 
are denoted by σ13, σ23 and σ33, respectively, where 
the 3-direction is normal to the considered interface. 
Then, the respective interfacial strengths are Z13, Z23 
and Z33. To account for mixed-mode loading, the 
formulation of the onset criterion should incorporate 
the interaction of these modes. In this paper, the 
approach of Hashin and Rotem [9] and Ye [10] is 
adopted, in which a quadratic interaction of modes is 
assumed: 

�
𝜎13
 𝑍13

�
2

+ �
𝜎23
 𝑍23

�
2

+ �
〈𝜎33〉
 𝑍33

�
2

≥  1  
(15) 

Here, the Macauly-brackets are defined as follows: 

〈𝑥〉  =  ½(||𝑥|| + 𝑥) (16) 

As the formulation presented in this paper is capable 
of taking into account finite strains, it is important to 
accurately represent the according stress components. 
First of all, the stresses calculated by the present 
solid-shell formulation are expressed by the second 
Piola-Kirchhoff stress tensor S, which has to be 
pushed to the Cauchy stress tensor σ in the current 
configuration. 

𝝈 =
1

𝑑𝑒𝑡 𝑭
 𝑭𝑺𝑭𝑇  (17) 

From this, the interlaminar traction σn and the 
interlaminar resultant shear τn can be achieved by: 

𝜎𝑛  =  𝒏 𝝈 𝒏  (18) 

𝜏𝑛 = ��|𝒏 𝝈|�2  −  𝜎𝑛2 
(19) 

denoting the normal vector of the considered 
interface by n. For consistency, the maximum 
interfacial strength in tension and resultant shear are 
referred to as Zσ and Zτ, respectively. Consequently, 
the condition for delamination onset reads: 
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�
𝜏𝑛
 𝑍𝜏
�
2

+ �
〈𝜎𝑛〉
 𝑍𝜎

�
2

≥  1 
(20) 

This condition has to be checked in each loading 
step and in each interface of the laminated 
composite. Thus, the accurate prediction of the stress 
components in the interfaces is essential for a 
reliable prediction of the initiation of debonding. 
Since the layers are usually rather thin, solid 
elements are not suitable to achieve sufficient 
accuracy. To overcome this problem, spline 
approximations for the through-the-thickness 
stresses can be applied, as proposed in [12]. Even so, 
using solid elements in the thin shell-like 
applications should be avoided, and solid-shell 
elements are preferable. 
Further, it should be noticed that this kind of 
criterion is suitable to predict the delamination 
onset, but delamination growth is not covered. 
 
4 Solid-Shell Finite Element Formulation 

Using standard solid elements in thin structures 
would require a very high mesh density to predict 
the stress distribution with sufficient accuracy. On 
the other hand, implementing the described three-
dimensional material model into a shell element 
formulation is not straightforward. Hence, the solid-
shell element formulation proposed by Schwarze 
and Reese [24-26] is used alternatively to avoid 
inefficient computations.  
Furthermore, this solid-shell formulation utilizes a 
reduced integration scheme within the shell plane 
(using one integration point), whereas a full 
integration is used in thickness direction, which 
allows for choosing arbitrary numbers of integration 
points (at least two). Thus, all integration points are 
located on the normal through the center of the 
element, see Figure 2. 
Moreover, several locking phenomena need to be 
dealt with. In particular, the assumed natural strain 
(ANS) concept is applied in order to cure transversal 
shear locking and curvature thickness locking. In 
addition, to cure Poisson thickness locking as well as 
volumetric locking, the enhanced assumed strain 
(EAS) method is used. 
 
 
 

5 Numerical Examples 

The proposed method was applied to a panel with a 
co-cured stiffener, which had already been 
investigated in [13]. The panel's length and width 
were 203 mm and 25.4 mm, respectively, while the 
stiffener's length was 50 mm at the panel's skin and 
42 mm at the uppermost layer. The flange was 
composed of 10 plies with a lay-up of (45°/90°/-
45°/0°/90°)s, whereas the panel consisted of 14 plies 
with an (0°/45°/90°/-45°/45°/-45°/0°)s assembly. 
All layers were made of unidirectional CFRP, the 
properties of which are given in Table 1. From these 
mechanical properties, the non-zero parameters for 
the described model were calculated, taking into 
account the fiber volume fraction 𝜑1 = 62% , see 
Table 2. For the interfacial strengths, the values 
were adopted from [12] as given in Table 3. 
The panel was clamped at the left end, while it was 
loaded by a force in longitudinal direction at its right 
end.  
Since the onset of debonding was expected at the tip 
of the stiffener flange, the mesh was refined in this 
region as illustrated in Figures 3 and 4  
In order to incorporate delamination, interface 
elements were located between all layers, which 
were furnished with material properties of the matrix 
alone. The latter were assumed to be ten times 
thinner than the layers. The described solid-shell 
element was used for both layers and interfaces, 
leading to a total number of 9,825 solid-shell 
elements with 25,152 nodes.  
The location of delamination initiation is shown in 
Fig. 5, which corresponds to the time step, in which 
the delamination onset condition was met first. As 
one can see, delamination occurred at first at the tip 
of the stiffener flange, as was expected. 
This location of delamination is reasonable and in 
agreement with the results presented in [13]. 
Furthermore, experimental data for this problem can 
be found in [13]. Therein, the maximum 
displacements from extensometer measurements 
corresponding to delamination onset are reported to 
be in the range of 0.11 mm to 0.15 mm. 
Unfortunately, the exact location of the 
measurement is not given, which does not allow a 
quantitative comparison. However, in the current 
calculation, the computed displacements at 
delamination onset are in a higher range up to 
0.18 mm. This difference can be explained by the 
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fact that residual stresses are present in the 
specimens, which have not been taken into account 
in the present calculation. 

 
6 Conclusions 

For many technical applications of fiber-reinforced 
composites, predicting the onset of delamination is 
essential for appropriately designing the considered 
structure. For this, a delamination onset criterion 
based on stress-strength relations has been suggested 
in this paper, which requires an accurate 
representation of the through-the-thickness stress 
distribution. The proposed solid-shell element is 
particularly suitable to achieve the required accuracy 
especially in the thin shell-like applications 
considered here. The formulation allows for 
including woven fabrics with two different families 
of fibers, incorporating a fully three-dimensional, 
anisotropic, micro-mechanically motivated material 
model. Concluding, the proposed method is capable 
of predicting the initiation of delamination of fiber-
reinforced composites in shell-like structures 
accounting for the anisotropic material behavior. 
 

Tables 

 

Engineering constant Value 
Tensile modulus fibre [GPa] 230 
Tensile modulus matrix [GPa] 3.9 
Shear modulus matrix [GPa] 3.4 
Poisson's ratio matrix 0.45 
Fiber volume fraction 0.62 

Tab.1. Material parameters (engineering constants). 
 

Material Parameter Value 
𝜦  [MPa] 6300 
µ  [MPa] 1383 
𝐾𝑎𝑛𝑖11  [GPa] 1.15*10-5 
ß𝟏 2 

Tab.2. Material parameters for proposed model. 
 
 
 
 
 
 

Resistance Value 
𝑍13 [MPa] 79 
𝑍23 [MPa] 79 
𝑍33 [MPa] 76 
𝑍𝜏 [MPa] 79 √2 
 𝑍𝜎  [MPa] 76 

Tab.3. Interfacial resistances. 
 

Figures 

 

 
Fig.1. Representative volume element (RVE). 

 
 

 
 

Fig.2. Reduced integration: Integration points aligned on 
the normal through the element center. 
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Fig.3. Mesh for stiffened panel. 
 

 
 

 

 
 

Fig.4. Detailed view on stiffener and panel. 
 
  

Fig.5. Computed zone of delamination onset. 
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1 Introduction  
In recent years, researches on the application of 

carbon fiber reinforced plastic (CFRP) of high 
specific stiffness and strength to various 
transportation vehicles have attracted much attention 
with the increasing requirements of energy saving 
vehicles and clean air environment. As a great 
progress, CFRP has been successfully applied to 
primary structures of airplanes, such as Airbus A380 
and Boeing 787. In addition to CFRP, a kind of fiber 
metal laminate (FML) named Glare composed by 
glass fiber reinforced plastic (GFRP) layers and 
Aluminum alloy layers (GFRP-Al hybrid laminate) 
has been successfully applied to the upper fuselage 
of A380 and CFRP-Al hybrid laminates has been 
developed for the application of primary structural 
elements[1,2]. Now, more and more researchers and 
automotive manufacturers are concerned with the 
application of CFRP to the mass-produced 
automobiles to reduce the weight of cars due to the 
rapid increase of the fuel prices and the increasing 
word-wide requirements of clean air environment 
[3,4]. On the other hand, the application of CFRP to 
automobiles must consider different requirements 
compared to aircraft applications. One of the 
requirements is about the fabrication cost. Much 
lower fabrication cost of structural elements than 
that of aircraft is very important for the application 
of CFRP to the automotive structure. It is difficult to 
apply the technologies of autoclave or even vacuum 
assisted resin transfer molding (VaRTM) to the 
automotive structures due to the long cure time and 
the high energy consumption. Therefore, in order to 
explore a new cure method within very short time 

and with low energy consumption, the prepreg-based 
hot pressing for a short time comes into the front 
stage and several composite manufacturers have 
developed CFRP prepregs which can be cured by 
hot pressing for only several minutes[3,4]. Another 
requirement is relative to the adhesive strength 
between CFRP and metal. A proper adhesive 
strength to the CFRP-metal interface is required to 
effectively transfer the load between CFRP and 
metal for CFRP-metal joints or CFRP-metal hybrid 
structures. Many researches have been conducted to 
explore effective adhesive technologies[5,6]. In the 
new hot pressing cure technology for a short time, 
different cure pressures are recommended by 
different manufacturers. Thus, how to choose a 
proper cure pressure for the CFRP-steel hybrid 
laminates is not clarified.   

In this paper, CFRP-steel hybrid laminate is 
focused on for the fabrication of lightweight 
automotive elements. The effects of the cure 
pressure on the interlaminar shear strength of CFRP-
steel hybrid laminate cured by hot pressing for a 
short time are investigated by short beam test of 
three-point bend. Three cure pressures of 5MPa, 
8MPa, 13MPa are investigated. Furthermore, 
repeated thermal shock tests (-40OC to 150OC) of 
500 cycles are conducted for the hybrid laminates 
cured at different cure pressures. The interlaminar 
shear strength of the hybrid laminates after thermal 
shock test is investigated. Experimental results 
shows that cure pressure has significant effects on 
the interlaminar shear strength of hybrid laminates 
and the thermal shock also significantly affect the 
interlaminar shear strength of the hybrid laminates. 

EFFECTS OF THE CURE PRESSURE ON INTERLAMINAR 
SHEAR STRENGTH OF CFRP-STEEL HYBRID LAMINATE 

CURED BY HOT PRESSING FOR A SHORT TIME 
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The hybrid laminates cured at 8MPa gives relatively 
higher interlaminar shear strength. 
 
2 Experimental procedures 

2.1 Materials and fabrication of specimens 

The unidirectional CFRP prepreg TR50SR02E2 
used in this research is provided by Mitsubishi 
Rayon Co., Ltd.. The thickness of the prepreg is 
0.22mm, the cure temperature is 140OC for 10 
minutes.  The cure pressure is taken as a parameter 
and three pressures of 5MPa, 8MPa, and 13 MPa are 
investigated. The steel sheet SPFC590 of thickness 
in 0.5mm is employed as the metal layer. To 
simulate automotive structural elements, n-shape-
like structures of [08]/steel and [08]/adhesive 
film/steel , as shown in Fig.1, are fabricated using a 
hot pressing machine at 140OC and three cure 
pressures as mentioned above for 10min.. The 
adhesive film DNP D2A120HR-S(P70) is provided 
by DNP (Dai Nippon Printing Co., Ltd.). The film 
consists of epoxy resin and a non-woven fabric cloth 
of PET (Polyethylen terephthalate), the thickness of 
the film is 127 micrometer, and the thickness of the 
PET cloth is 70 micrometer. The specimens for short 
beam test of three-point bend are cut from the 
central areas of the top face and the side face of the 
n-shape-like structure. The geometry of the 
specimen is 25.4mm in length, about 2.3mm in 
thickness, and 6.4mm in width referring to ASTM D  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

2344/D 2344M and JIS K 7078. All kinds of the 
specimens are listed in Table1. It is noted that 
every line has three types of specimens cured by 
three different pressures. The plasma spray 
technique is employed for the degreasing of the 
steel layer surface. 
  
Table.1 List of specimens 
 
 
 
 
 
 
 
 
 
2.2 Thermal shock testing   
In addition to the cure pressure, it is also interested 
that how the extreme temperature condition affect 
the interlaminar shear strength of CFRP-metal 
hybrid laminates. For this purpose, repeated thermal 
shock tests from -40OC to 150OC, as shown in Fig. 2, 
are conducted for half of the specimens using a 
thermal shock chamber (ESPEC CORP TSA-201S-
W). One cycle of the thermal shock test includes 
exposing the specimen in room temperature 20OC 
for 5min., next in 150OC for 30min., then in 20 OC 
for 5min. again, and finally in -40OC for 30min. 
Total 500 cycles of thermal shock are conducted for 
the specimens.  
 
 

 

 

 

 

 

 

 

2.3 Cross-section analysis of specimens  

Before the mechanical test for the investigation of 
the interlaminar shear strength of the specimens, the 
cross-sections of all kinds of the specimens are 

Pressure

Punch

Die

Steel

CFRP

150

54.5

10

95o

Top 
face

Sid
e f

ac
e

Size in mm

150

54.5

10

95o

Top 
face

Sid
e f

ac
e

Size in mm

Fig. 1 CFRP-steel laminated element. 

Fig. 2 Diagram of the thermal shock cycle.  

20oC 5min. 

150oC 30min. 

-40oC 30 min. 

20oC 5min. Thermal
shock
cycle

 Specimen type
Surface

treatment
Adhesive

film
Pressure

(MPa)
Thermal
shock

Cut from

 A-5, 8, 13-top degreasing not 5, 8, 13 not top face
 A-5, 8, 13-side degreasing not 5, 8, 13 not side face
 A-5, 8, 13-thermal-top degreasing not 5, 8, 13 yes top face
 A-5, 8, 13-thermal-side degreasing not 5, 8, 13 yes side face
 B-5, 8, 13-top degreasing yes 5, 8, 13 not top face
 B-5, 8, 13-side degreasing yes 5, 8, 13 not side face
 B-5, 8, 13-thermal-top degreasing yes 5, 8, 13 yes top face
 B-5, 8, 13-thermal-side degreasing yes 5, 8, 13 yes side face
 C-5, 8, 13-top not yes 5, 8, 13 not top face
 C-5, 8, 13-side not yes 5, 8, 13 not side face
 C-5, 8, 13-thermal-top not yes 5, 8, 13 yes top face
 C-5, 8, 13-thermal-side not yes 5, 8, 13 yes side face
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analyzed using optical microscopic, the internal 
microstructure, and the variation of the thickness of 
the adhesive film as well as the specimen are 
investigated for the specimens experienced and not 
experienced thermal shock test. 

2.4 Interlaminar shear strength testing  

After the analysis of the cross-section of the 
specimens, three-point bend tests of short beam for 
all kinds of specimens are conducted to investigate 
the effects of the cure pressure, surface treatment, 
and thermal shock on the interlaminar shear strength 
of CFRP/steel hybrid laminate. Test setup is shown 
in Fig. 3 referring to JIS K 7078. The span is 12mm, 
the diameter of lower pin and upper pin are 3mm 
and 5mm, respectively. Bend tests are conducted 
using a MTS 810 material-testing system and the 
loading rate is 0.5mm/min. Three specimens are 
tested for each kind of specimens.  

 

 

 

 

 

 

 

 

3 Experimental results 

Experimental results are presented in the following 
Fig. 4 to Fig. 12. Cross-section images of the 
specimen without the adhesive film, cured at 8MPa, 
and not experienced the thermal shock are presented 
in Fig. 4. The specimen is cut from central area of  
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
the top face of the n-shape-like structure. Similar 
images are observed from the specimens cut from 
the side face and those cured at 5MPa and 13MPa. It 
is noted that, no obvious variation can be observed 
on the cross-sections of the specimens without the 
adhesive film, cured at all three pressures, and after 
thermal shock cycles, although the images of the 
cross-section image are not given here. This fact 
reveals that thermal shock cycles do not induce 
obvious damage in the specimens without the  
    
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 

12mm 

Specimen 

Fig. 3 Setup of three-point bend test. 

20μm

Steel

CFRP

a)

20μm

b)

Steel

CFRP

Fig. 4 Images of the cross-section of the specimen 
without adhesive film and cured at 8MPa. a) 
Parallel to the fibers, b) perpendicular the fibers. 

50μm

Adhesive
film

Steel

CFRP

a) From top face

50μmCFRP

Adhesive
film

Steelb) From top face
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adhesive film. Typical images of the cross-sections 
of the specimens with an adhesive film, cured at 
5MPa, and not experienced the thermal shock are 
presented in Fig. 5. No obvious damage can be 
observed from the cross-sections of the specimens. 
Perfect bonding is observed at the interface between 
the film and steel. The bonding interface between 
the film and CFRP is not as clear as the interface of 
the film and steel since partial material of the film is 
pressed into the CFRP layer. Similar images are 
observed from the specimens cured at 8MPa and 
13MPa except that the thickness of the film 
decreases as the cure pressure increases. The details 
about the variation of the thickness of the film as 
well as the specimens will be given a little later. 
     Images of the specimens with adhesive film and 
after thermal shock are shown in Fig. 6 to Fig.8 for 
the specimens cured at three pressures, respectively. 
The surface of the steel layer is degreased using 
plasma spray technique. From these figures, multiple 
cracks occurred in the adhesive film are observed in 
the images of the cross-sections parallel to the fiber 
direction, especially in the specimens cut from the  

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

50μm

Adhesive
film

Steel

CFRP

c) From side face

50μm
CFRP

Adhesive
film

Steel

d) From side face

Fig. 5 Typical images of the cross-sections of the 
specimens with adhesive film and cured at 5MPa.  

50μmCFRP

Adhesive
film

Steel
b) From top face

50μm
CFRP

Adhesive
film

Steel
d) From side face

Fig. 6 Images of the cross-sections of the 
specimens with adhesive film, cured at 5MPa, 
and after thermal shock. 
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50μm

Adhesive
film

Steel

CFRP

a)From top face

Crack

50μm
CFRP

Adhesive
film

Steel

b) From top face

50μm
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Steel

CFRP

c) From side face

Crack

50μm

CFRP

Adhesive
film

Steel
d) From side face

Fig. 7 Images of the cross-sections of the 
specimens with adhesive film cured at 8MPa 
and after thermal shock. 
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film
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Fig. 8 Images of the cross-sections of the 
specimens with adhesive film cured at 13MPa 
and after thermal shock. 
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top face. In the specimens cut from the side face, 
relatively few cracks are observed, except for the 
specimens cured at 13MPa. Most of the cracks 
occurred along the interface between the PET fiber 
of the fabric cloth and the surround resin. In contrast, 
damage is not observed from the CFRP layer. 
Compared to the images shown in Fig. 4 and Fig. 5, 
it is recognized that these cracks are induced by the 
thermal shock cysles. These facts reveal that this 
kind of adhesive film can not be used in this extreme 
temperature environment because the fabric cloth of 
PET is usually used in the environment below 130 

OC.  
     The thickness values of all specimens including 
those experienced thermal shock are depicted in Fig. 
9 since the thermal shock test has not obvious 
influence on the thickness of the specimens. The 
data point represents the averaged value of three 
specimens experienced thermal shock and three ones 
not experienced thermal shock, and the scatter range  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

is less than 0.1mm. The thickness of the specimens 
cut from the top face decreases as the cure pressure 
increase. In contrast, the thickness of the specimens 
cut from the side face has slight change. The reason 
is that the interval between the punch and the die in 
the top face area is not controlled to be as the same 
as the interval in the side face area at the specified 
pressure during cure process. The thickness values 
of the adhesive film layers in the specimens with an 
adhesive film are depicted in Fig.10. The original 
film thickness is 127 micrometers, the thickness is 
reduced to about 60 micrometers after cure at 5MPa, 
and it continuously decrease as the pressure 
increases, except for one case of the specimens cut 
from the side face and after thermal shock. It is also 
observed that the thickness of the film layer has a 
recovery after thermal shock. This recovery is 
considered to be induced by the cracks occurred in 
the film layer during thermal shock test.  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
     The results of short beam 3-point bend tests are 
presented in Fig. 11 to Fig. 13. Typical load- 
displacement curves of the specimens cut from the 
top face are depicted in Fig. 11. All the other 
specimens show the similar load-displacement 
curves. Significant decrease of the maximum value 
of the load is observed in the case of specimens with 
an adhesive film and experienced the thermal shock. 
The maximum load is used for the calculation of the 
interlaminar shear strength according to the 
following formulae. 
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Fig. 10 Variations of the thickness of the 
adhesive film layer. 
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where P is the maximum value of the load, B is the 
width of  the specimen,  Es t e e l =210GPa  and 
ECFRP=126GPa are the Young’s ratios of the steel 
and CFRP, h1 and h2 are the thickness values of the 
steel and CFRP, and η denotes the distance from the 
steel surface to the neutral axis of the hybrid 
laminated beam, respectively. Equations (1) to (4) 
are derived based on the classical beam theory.  The 
results of the interlaminar shear strength for various 
specimens are given in Fig. 12 a) to d). In the plot a), 
the results of the specimens without the adhesive 
film are given. The shear strength increases as the 
cure pressure increases from 5MPa to 8MPa and 
then has slight variation as the cure pressure 
increases to 13MPa. In addition, after thermal shock 
(dash lines), the shear strength increases by about 
8%. It is speculated that the thermal shock in the 
high temperature enhances the cure degree of the 
epoxy resin of the CFRP. There is a slight difference 
between the results of the specimens cut from the 
top face and the side face. The results of the 
specimens with an adhesive film and surface 
degreasing are shown in the plot b). In the case of 
the specimens not experienced thermal shock (solid  
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lines), the shear strength increases as the cure 
pressure increases and the strength are enhanced by 
about 11% compared to that of the specimens 

without the adhesive film. After thermal shock, the 
shear strength of the specimens cut from the side 
face has slight variation. However, the interlamina 
shear strength of the specimens cut from the top face 
decreases significantly as the cure pressure increases. 
The cracks induced by thermal shock and the 
decrease of the film thickness due to the increase of 
the cure pressure are considered to be the reasons 
that result in the decrease of the interlaminar shear 
strength.   In the case of the specimens cut from the 
side face, the thickness of the adhesive film has 
slight variation, as shown in Fig. 10, and the cracks 
in the film are relatively small so that the 
interlaminar shear strength has slight change. In the 
plot c), similar results are observed for the 
specimens with an adhesive film but without 
applying surface treatment to the steel layer, except 
that the shear strength of the specimens cut from the 
top face, after thermal shock, and cured at 8MPa 
does not decrease. The reason for this result is not 
completely clarified and further tests are necessary 
since the scatter bar of the test results is longer than 
other cases.  
 
4 Conclusions 
The effects of cure pressure, surface treatment, 
adhesive film, and thermal shock on the interlaminar 
shear strength of CFRP-steel hybrid laminates are 
investigated experimentally. Following conclusions 
are obtained based on the present experimental 
results. 
1. The cure pressure has significant influence on 

the interlaminar shear strength of the CFRP-steel 
hybrid laminate. A proper selection of the cure 
pressure is necessary to achieve proper strength 
at reasonable cost. From the present test results, 
8MPa is considered to be the proper cure 
pressure.  

2. Inserting an adhesive film between CFRP and 
steel enhances the interlaminar shear strength by 
about 8%. However, a proper election of the 
adhesive film depending on the operation 
environment of the hybrid laminated structures 
is important. 

3. Thermal shock has significant influence on the 
interlaminar shear strength of the hybrid 
laminates with an adhesive film.  

4. The control of the thickness of the adhesive film 
as well as the laminate is important to assure the 

40

45

50

55

60

65

70

75

80

4 6 8 10 12 14
Pressure during hot pressing (MPa)

In
te

rl
a

m
in

a
r 

sh
e

a
r 

st
re

n
gt

h
 (

M
P

a

Degreasing only, top face

Degreasing only, top face, thermal

Degreaseing only, side face

Degreasing only, side face, thermal

a) Without adhesive film

40

45

50

55

60

65

70

75

80

4 6 8 10 12 14
Pressure during hot pressing (MPa)

In
te

rl
am

in
a

r 
sh

e
a

r 
st

re
n

g
th

 (
M

P
a

Degreasing+film, top face

Degreasing+film, top face, thermal

Degreasing+film, side face

Degreasing+film, side face, thermal

b) With degreasing +adhesive film

40

45

50

55

60

65

70

75

80

4 6 8 10 12 14
Pressure during hot pressing (MPa)

In
te

rl
am

in
a

r 
sh

e
a

r 
st

re
n

g
th

 (
M

P
a

Film only, top face
Film only, top face, thermal

Film only, side face
Film only, side face thermal

c) With adhesive film only

Fig. 12 Interlaminar shear strength of various 
specimens. 

ICCM19 5515



 

 9

geometry and the mechanical properties of the 
hybrid laminate. 

5. The degreasing surface treatment for the steel 
layer using plasma spray has slight influence on 
the interlaminar shear strength of the laminates 
with an adhesive film. 
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Abstract  

Structural composites embedded with energy cells 
that synchronously carry load and store electric 
energy will transform future vehicles. They can 
replace inert structural components and 
simultaneously provide supplementary power for 
light load applications. Rechargeable lithium 
polymer battery cells are embedded into carbon 
fibre/epoxy matrix composite laminates, which were 
then subjected to tensile, flexural and compressive 
loading to investigate the mechanical and electrical 
performances of structural batteries. The 
experimental results show that the integration of 
battery cells into composite laminates has negligible 
impact on the mechanical strengths of the composite 
structures. Furthermore, the battery cells remain 
95% effective at loads up to about 50% of the 
ultimate tensile failure load and 60% of the ultimate 
flexural failure load. 

2 Introduction 

The main objective of multifunctional system is to 
improve the performance of entire system by 
integrating physical properties of the subsystem 
constituents[1].Multifunctional materials and 
structures have the capability to perform one or 
more functions sequentially in time or 
simultaneously[2,3] . In the case of energy storage 
systems, traditional electrochemical batteries are 
heavy, bulky, and concentrated (in terms of spatial 
location for vehicles), which can adversely affect the 
driving range, space shortage, and dynamic handling 
of the vehicle. Structural batteries that can carry both 
mechanical loads and store electric energy may 
enable significant weight reductions of structural 
systems, with improved redundancy and 
performance[4-6] . Resently lithium polymer battery  

 

cells are increasingly used in diverse applications 
such as unmanned air vehicles (UAVs), unmanned 
underwater vehicles (UUVs) and electric cars[7,8]. 

Recently research efforts have been made to embed 
thin battery cells within composite structures, 
creating structural battery composites (SBC) that 
concurrently perform energy storage and structural 
functions under light mechanical loading. Thomas et 
al [9-12]  embedded thin polymer battery cells into a 
fibre composite sandwich structure and examined 
the flexural response and Ragone curves (energy 
density vs. power density, and specific energy vs. 
specific power) to characterise the structural and 
electrical properties of the multifunctional structural 
power component. Their work demonstrated the 
feasibility of integrating lithium-ion cells into 
structural composites to provide energy storage 
capability (50 Wh/L) without degrading structural 
performance and buoyancy which was specifically 
targeted at marine applications. Pereira et al[13]  
embedded  thin film all-solid-state lithium-ion 
energy cells (100 µm thick) into carbon-fibre-
reinforced plastics (CFRP) composites, which 
withstood both the temperature and pressure 
required for autoclave manufacture at 120°C. They 
found that the maximum tensile load that can be 
applied without degrading the performance of the 
embedded energy cells was approximately 50% of 
the tensile strength of the CFRP. Batteries can 
account for 20-40% of the total UAV weight[14] . 

2 Materials & Methodology 

2.1 Materials 

Sigmatex™ carbon 2/2 twill weave fabric (T300, 3 
K Tow, 199 GSM) were used to reinforce West 
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system epoxy 105 cured with slow hardener 206, 
forming the face sheet of the structure battery 
composite. Kokam USA rechargeable lithium 
polymer cells (type SLPB 356495; 95.5 mm × 64.5 
mm × 3.7 mm) were used for energy storage, which 
have an operation temperature range of -20 °C to 60 
°C. The charging and discharging mode was 
conducted by constant current (CC) and constant 
voltage (CV). The minimum voltage of the battery 
cells is 3 V, the nominal voltage is 3.7 V and the 
maximum charging voltage is 4.2 V. The energy 
cells have maximum charge and discharge current of 
4.2 A, The experimental set-up for electrical 
measurements is shown in Fig. 1.  energy storage 
capacity of 2100 mAh, and weight of 44 g with 
packaging. Corecell A80 plain SAN closed-cell 
foam was employed as the core surrounding the 
polymer battery cells. The battery cells and the foam 
are bonded to the composite face sheets using 
Araldite 420 A/B adhesive. Isolated electric wires 
with long 30mm and thickness 3mm were soldered 
to the electrodes of the batteries. Composite 
sandwich specimens, with and without battery cells, 
were manufactured by the wet lay-up technique and 
cured at room temperature for 24 hours. The 
composite face sheet consisted of four composite 
plies. One battery cell was embedded in the middle 
of the sandwich specimen through adhesive bonding 
with both the polymer foam and composite face 
sheets. 

 

2.2 Methodology 
Both the control sandwich specimens (without 
batteries) and the composite batteries were tested 
under tension and  three-point bending accordance 
with ASTM standards D3039-7 [15] and  D790 [16]. 
The compression test was done by using   anti-
buckling guides fixture.  The specimen dimensions 
were 380.0 mm × 64.5 mm × 6.5 mm for tensile 
tests, 195.5 mm × 64.5 mm × 6.5 mm for flexural 
tests, and 95.5 mm × 64.5 mm × 6.5 mm for 
compression tests. The span length of three-point-
bending tests was 100 mm.  
    The control sandwich specimens were first tested 
to determine their ultimate failure loads under 
tension, compression and bending. The lithium 
polymer batteries were charged and discharged by 
the Cellpro PowerLab 6 multi-chemistry battery 
workstation to determine the baseline electrical 
performance in the absence of any mechanical 
deformation. Parameters such as voltage, current, 

internal resistance and energy storage capacity were 
measured.  
Composite batteries were subjected to tension and 
compression at a load increment of around 25% of 
the ultimate failure loads of the control specimens. 
For bending tests, the load increment was 20% of 
the ultimate flexural strength of the control sandwich 
specimen under bending. A crosshead speed of 1 
mm/min was employed for all three modes of 
loading. After each loading step, the specimens were 
unloaded, and charging and discharging were carried 
out to quantify the electrical performance of the 
structural battery composites. 

3 Results and discussion 
In comparison with the mono-functional composite 
specimens, the multi-functional composite 
specimens achieved the same maximum strength. 
Therefore the integration of battery cells and the 
electrical wires did not cause any noticeable 
reduction in mechanical performance. The average 
tensile failure load was 52 kN for both control and 
SBC specimens as shown in fig 2 (a). The average 
bending failure load was 1373 kN for control 
specimen and was 1353 kN for specimens with 
battery cells as shown in fig 2(b), 

Under compression, the foam-core sandwich 
specimens reached an average strength of 30 kN, by 
comparison, the composite battery specimens 
reached only half of the ultimate compressive 
strength of the control specimens, the average failure 
load was 17 kN as shown in fig 2 (c). The reason for 
much lower compressive strength, as compared to 
the control specimens under compression, is that the 
composite face-sheets over the battery region were 
not fully supported against buckling. The battery 
cells consisted of seventeen folded layers and these 
layers were not mechanically connected. Under 
compressive loading, the face-sheets over the region 
of the battery cell would behave as two separate 
laminates, without the support of a bonded core. 
Consequently the laminate would buckle under 
compression. 

Since tensile loading was applied to the SBC 
specimens at an increment of around 25% of the 
ultimate failure load of the control, these specimens 
were subjected to gradually increasing tensile loads 
of 12 kN, 25 kN, 37 kN and 48 kN. After each load 
increment, the specimens were unloaded to measure 
the electrical performance by charging and 
discharging the embedded battery cells. Under 
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bending load, the SBC specimens were subjected to 
gradually increasing flexural loads of 20% of the 
ultimate bending strength of the control specimens. 
Therefore, the battery performance was 
characterised after flexural loads reached 274 N, 548 
N, 822 N, 1230 N and 1356 N, respectively. In the 
case of compressive loading, a load increment of 
around 25% of the control specimens’ compression 
strength was employed. Due to premature buckling 
failure under compression, the electric performance 
of SBC specimens were characterised after 
subjecting to two load levels: 7.5 kN and 15 kN. 
Fig. 3 presents typical images of the fractured 
specimens under tensile, bending and compressive 
loading, respectively. The tensile specimens 
fractured outside the region where the battery cell 
was embedded, while the bending specimens failed 
in the middle of the specimen (and the battery cell), 
near the location of the top roller. 
Figure 4-6 show the charging and discharging 
current versus time for stand-alone battery and 
structural battery subjected to tensile, bending and 
compressive loads. The pertinent voltage variations 
are presented in Figure 7. It is seen that that the 
application of mechanical loads has reduced the 
charging and discharging time, indicating a 
reduction in capacity. In particular, the application 
of tensile loading of 12 kN, 24 kN, 37 kN and 48 kN 
on SBC specimens decreased the average time for 
charging from 54.1 min to 51 min, 50.5 min, 49.2 
min and finally to 46.1 min. Similarly, the average 
time for discharging dropped from 40.1 min to 38.1 
min, 37 min, 35.1 min and finally to 33 min, 
respectively. Under bending, the average charge 
time decreased from the baseline measurement of 54 
min to 53 min, 52.3 min, 52 min, 50 min and finally 
to 49.1 min, while the average discharge time 
reduced from 40 min to 39min, 38.5 min, 38min, 37 
min, 35.2 min and finally to 35 min, when 
specimens were subjected to loads at an increment 
of 20% of the ultimate bending strength.  
   When the composite battery specimens were 
loaded at an increment of 25% of the compression 
failure load, the average charge time decreased from 
the control condition of 54.03 min to 51.8 min and 
finally to 50 min, while the average discharge time 
reduced from 40 min to 39 min and finally to 37 
min.  
Figure 8 presents the changes in the charging and 
discharging time after structural batteries were 
subjected to three different modes of loading.  

Figure 9 shows the effect of mechanical loading on 
the average charging and discharging capacity of the 
embedded battery cells. Although all three types of 
mechanical loading caused some reduction in 
capacity, the tensile loading, for a given percentage 
of the failure load, seems to cause the most 
reduction. The average charging capacity decreased 
from 2100 mAh to 2055mAh at 25% of tensile 
failure load, then to 1933 mAh at 75% of tensile 
failure load, and finally to 1881 mAh at 100% 
tensile failure load. The average discharging 
capacity for the same battery decreased from the 
baseline value of 2086 mAh to 1856 mAh when 
subjected to 100% the tensile failure load. 
Nevertheless, the total reduction in capacity of SBC 
specimens was only approximately 10 %. The 
average values and standard of errors for the 
changes of the internal resistance (∆R) with the 
applied loads are plotted in Figure 10. Firstly, the 
internal resistance was unchanged after soldering the 
wires. As the mechanical loading increased, the 
average internal resistance of SBC specimens 
increased gradually. At a given percentage of the 
failure loads, tensile loading produced the largest 
change in internal resistance, from 11.1 mΩ, to 13 
mΩ, 13.5 mΩ, 14.7 mΩ and finally to 18 mΩ at 
100% failure load.  

 In general, the embedded battery cells could 
be charged and discharged upon the application of 
the mechanical loads, even after the complete failure 
of the composites. The change in energy storage 
capacity was less than 5% after 60% of bending 
failure load and 50% of tensile and compressive 
failure loads were applied. After the application of 
higher mechanical loads, greater degradation in 
electrical performance occurred, especially in the 
case of tensile loading. Loading the composite 
batteries to 100% the bending strength reduced the 
charging and discharging time of the battery by 5 
min from the baseline performance. Greater 
reduction in the energy storage capacity was 
observed for tensile tests than that pertinent to 
bending tests, which was accompanied by a greater 
increase in the internal resistance under tensile 
loading than the other two loading modes. Since the 
embedded battery was able to maintain the 
maximum energy storage capacity during 
mechanical loads, i.e.  the time for charging and 
discharging did not change significantly after the 
SBC specimens were subjected to different 
mechanical loads, they are considered as close to 
fully functional.  
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Fig.11 shows the correlation between the percentage 
of changes in battery’s capacity (∆C/C0) and in the 
internal resistance (∆R/R0) after being subjected to 
tension, bending and compressive loading. It is 
interesting to note that the reduction in battery’s 
charging and discharging capacity, after being 
subjected to tensile, bending and compressive 
deformation, correlates well with the changes in the 
internal resistance. Consequently, resistance may be 
used a good indicator for detecting degradation in a 
battery’s performance. The precise mechanisms 
responsible for the observed increase in internal 
resistance and reduction in energy capacity of the 
structural batteries remain unclear, mainly due to the 
complexity of the system and the many contributing 
factors. Recent studies have identified that one 
possible cause is the viscoelastic creep of the porous 
separator in lithium–ion batteries[17]. Changes in 
the pore structure, in particular, the pore closure, 
may reduce the efficiency of ion transport, 
increasing the internal resistance and reducing 
capacity.  

 
6. Conclusion 
The performance of multifunctional structure that 
made of embedding a lithium polymer batteries in a 
composite structures has been investigated by 
subjecting them to various mechanical loadings .the  
electric performance was evaluated for  the energy 
cells  by cycles of charging and discharging. Three 
different mechanical loadings were investigated, 
including tension, compression and bending. The 
results showed that embedding lithium polymer 
batteries into composite sandwich structure did not 
significantly alter the mechanical properties under 
tensile and flexural loading, but caused premature 
buckling failure as compared to sandwich structures 
without battery cells. Degradations in batteries 
charging and discharging capacity have been found 
to correlate strongly with the increase in the internal 
electrical resistance. 
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  ‘Figure. 1. Experimental set-up for electrical performance measurements’ 
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‘Fig. 2. Load displacement curves for both uni-functional composite and structural battery composite under   mechanical 
loading. (a) tensile (b) three-point-bending and (c) compressive loading’. 
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‘Fig. 3. Photos of fractured composite sandwich panels and composite batteries (indicated by copper wires) 
subjected to tensile, flexural and compressive loading’. 
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‘Fig. 4. a) Charging and b) discharging current as a function of time before and after applying tensile loads’. 
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‘Fig. 5. a) Charging and b) discharging current as a function of time before and after applying bending loads’. 
 

 
 
 

 
‘Fig. 6. a) Charging and b) discharging current as a function of time before and after applying compressive loads’. 
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‘Fig. 7. Charging and discharging voltage before and after applying a) tensile; b) flexural and c) compressive loading’. 
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‘Fig. 8.  The average time of charging and discharging affected by mechanical loading’. 
 
 
 
 

 
  

‘Fig. 9. Capacity of the battery cells affected by mechanical loading’. 
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‘Fig. 10. Internal resistance of battery cells affected by mechanical loading’. 
 
 
 
 
 

 
 
 

‘Fig. 11. The percentage of capacity reduction versus the percentage of internal resistance increase after tensile, bending 
and compressive loading’. 
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1 Introduction 
A quick and extensive survey using space satellites 
has become increasingly important, for example, to 
rapidly assess the damage of disasters such as major 
earthquakes, tsunamis, or hurricanes. The interest in 
an astronomical observation in more detail has also 
increased to research mechanisms of the universe. 
With a growing need for data from satellites, the 
observation performance required for satellites has 
been increasing to an ever-greater extent. In 
particular, the angular or spatial resolution of an 
observation is one of the key specifications used to 
determine satellite performance and based on the 
minimum angle or distance at which points can be 
distinguished as individuals. Moreover, it describes 
the ability of any image-forming device such as an 
optical or radio telescope, or a camera, to distinguish 
small details of an object. Actually, it also depends 
on various optical parameters, but according to the 
“Rayleigh criterion”, the angular resolution can be 
easily estimated from the wavelength of the light 
and the diameter of the aperture: 𝑠𝑖𝑛 𝜃 = 1.22𝜆 𝐷⁄ , 
where θ is the angular resolution, λ is the wavelength 
of the light, and D is the diameter of the optical 
aperture [1]. It can be seen that the greater the 
diameter of the optical aperture, the greater the 
resolution, because another parameter, namely 
wavelength λ, is strictly defined by the nature of the 
observations made for the satellite mission. The 
spatial resolution is also inversely proportional to the 
diameter of the optical aperture. Generally, the 
characteristic of a first lens or main mirror of an 
optical system is the dominant factor used to 
determine the overall performance. Additionally, a 
reflecting telescope is commonly used for space 
telescopes to get a really good view of ground 
objects or collect low-intensity lights from far-
distant stars or galaxies. Therefore, one effective 
solution involves enlarging the aperture diameter of 
the main telescope mirror. Figure 1 plots the relation 
between the aperture diameter of the main mirror 
and the observation resolution on the ground 

compared with world’s major earth observation 
satellites. This plot is edited from only publicly 
available information rather than accurate data 
because details about actual satellite performance 
are generally sensitive and confidential information. 
It may also depend on other parameters such as the 
altitude of the satellite orbits or the size of the field 
of view, but it can be seen that telescopes with a 
large main mirror can distinguish fine details of 
ground objects. That means space telescopes have 
increasingly large mirrors so they can see ever finer 
details of ground objects or stars. 

Of course the larger the aperture diameter of the 
main mirror, the heavier the weight. However, the 
maximum weight of satellites is limited by the 
launch capacity of transportation vehicles. The main 
mirror is the key element of all satellite instruments 
and influences the construction feature of whole 
satellite structures and their weight, meaning the 
mirrors must effectively balance the need for a large 
aperture and to remain lightweight. 
Optical telescope mirrors, which require surface 
roughness of several nanometers, are commonly 
made of glass or ceramic such as ultra low 
expansion glass (ULE®), zero expansion glass 
ceramic (ZERODUR®) and silicon carbide (SiC). 
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Fig. 1. Plot of the relation between the mirror 
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ground for major earth observation satellites. 
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These materials can easily attain sufficiently precise 
surface by optical polishing, but it’s difficult to 
reduce the weight due to the material properties and 
fabrication process. To ensure effective balance 
between high rigidity and light weight, the rear side 
of mirrors made of these materials is commonly 
hollowed out from bulk material by machining and 
rib structures are constructed as shown in Figure 2. 

Although this was successful in reducing weight by 
more than 90% relative to the bulk material, the 
percentage remains limited due to the processable 
thickness of the rib wall. Areal density is an 
important factor in space mirror technology to 
evaluate the achievement of weight saving. It’s 
desired to make as low as possible with keeping 
adequate stiffness. As an example, areal density of 
the primary reflector of the HERSCHEL telescope 
was 21.8 kg/m2 [2]. It was composed of 12 SiC 
segments brazed together and the segment was 
lightweighted with rib structures in the rear face. In 
other examples, the Advanced Mirror System 
Demonstrator (AMSD) for James Webb Space 
Telescope (JWST) successfully demonstrated the 
ability to manufacture Φ 1.3 m ULE mirrors with 
areal densities of 18 kg/m2.  While AMSD achieved 
a significant weight reduction of ULE mirrors with 
the development of a qualified manufacturing 
process, when it came time to insert these mirrors 
into the JWST architecture, it was discovered that 
they would not survive the launch loads because 
they were not stiff enough. It was necessary to add 
10 kg/m2 of mass, bringing their areal densities up to 
28 kg/m2 [3]. These previous studies suggest that it’s 
difficult to reduce the weight of space telescope 
mirrors any more with traditional materials. 
In contrast, carbon fiber reinforced plastics (CFRP) 
are ultra-lightweight with low density. CFRP are 
also superior in terms of the fabrication of thin-wall 
structures by stacking thin prepreg layers and using 

honeycomb core sandwich structures, and have 
successfully reduced weight by more than 95%. 
Since the CFRP density is lower than that of other 
typical materials used for space telescope mirrors, 
CFRP sandwich structures have a great advantage in 
terms of weight saving. As an example, Composite 
Optics, Inc. designed and fabricated a Φ 2 m all-
composite mirror to demonstrate that a large CFRP 
mirror could meet the requirement of space 
telescopes in terms of lightweight, surface precision 
and thermal stability. After fabrication and testing, 
the actual areal weight of the mirror was 10 kg/m2, 
and the figure accuracy was 2.3 μm RMS (root mean 
square) at room temperature [4]. We also fabricated 
a Φ 0.3 m CFRP sandwich mirror composed of 
CFRP skins and CFRP honeycomb core as shown in 
Figure 4 and achieved the areal density of less than 9 
kg/m2 in a previous study [5]. Furthermore, because 
this demonstrated mirror was designed to have more 
than sufficient rigidity for its size, it’s possible to 
make the mirror much lighter.  

Fig. 2. Rib structures constructed in the rear side of 
the Φ 1.35 m HERSCHEL demonstrator made of 
SiC (before brazing) [2]. 

Fig. 3. Φ 2 m all-composite demonstration mirror [4]. 

Fig. 4. Demonstrated CFRP mirror made of a CFRP 
sandwich structure (with Al reflection coating). 

CFRP Skins CFRP honeycomb core 
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Additionally, CFRP have a high specific stiffness 
and their coefficient of thermal expansion (CTE) can 
be tailored sufficiently low over a wide temperature 
range, as shown in Figure 5 and 6, making them 
widely applicable for structural members of 
satellites. Their excellent properties are also suitable 
for components requiring high accuracy such as 
reflectors and telescope structures. Table 1 compares 
the CFRP properties with other candidate materials 
for space telescope mirrors. Since the focus on this 
paper is on mechanical and thermal aspects of CFRP 
mirrors, only the relevant properties are included in 
Table 1.  The data for the CFRP were obtained from 
the measurement of CFRP quasi-isotropic laminated 
plates composed of the same materials as the 
demonstrated CFRP mirror. Other data except for 
CFRP were obtained from references. All values in 
this table are estimated at room temperature and 
vary depending on the details of the materials or 
ambient environments. Table 1 clearly shows that 
SiC offers higher rigidity and conductivity compared 
with other materials. However, it exhibits one or two 
orders of magnitude higher thermal expansion which 
is detrimental to dimensional changes brought about 
by temperature variations in operating environment. 
Not as higher as SiC, CFRP also have high rigidity 
and conductivity, and not as lower as ULE or 
ZERODUR, CFRP also have low CTE. It’s notable 
that CFRP have no serious weak point in 

 
Table 1. Material properties of typical materials used for space telescope mirrors. 

Property Desired 
CFRP 

(Quasi-Isotropic 
Laminate Plate) 

Al 
(6061) 

[6] 

ULE 
[7] 

ZERODUR 
(Class 1) 

[8] 

Sintered 
SiC 
[2] 

Density 
ρ (103 kg/m3) Low 1.68 2.71 2.21 2.53 3.16 

Elastic Modulus 
E (GPa) High 116 68.3 67.6 90.3 420 

Specific Stiffness 
E/ρ (106 m) High 7.04 2.57 3.12 3.64 13.6 

CTE 
α (ppm/K) Low < 0.49 22.7 0 ± 0.03 0 ± 0.05 2 

Thermal Conductivity 
k (W/m/K) High 46.1 

(In-plane) 156 1.31 1.46 190 

Thermal Stability 
k/α (106 W/m) High 94.1 6.87 > 43.7 > 29.2 95 

Formability of 
Large Scale Mirrors Good Good 

(Integral mold) 
Medium 

(Braze, Weld) 
Medium 

(Fusion, Frit) 
Medium 
(< 4.5m) 

Medium 
(Braze, Bond) 

Weight Reduction Good Good 
(Sandwich) 

Medium 
(Machining) 

Medium 
 (Machining) 

Difficult 
(Machining) 

Difficult 
(Machining) 

Formability of 
Precise Surface Good Difficult Medium Good Good Good ~  

Medium 

Status Routine Under 
Development Routine Routine Routine Flight 

Proven 
 

Fig. 5.  Critical properties for mirror materials. 

Fig. 6. CTE versus temperature curves for typical 
materials used for space telescope mirrors [4]. 
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fundamental properties. Additionally, their thermo-
mechanical properties can be tailored to the desired 
values with the appropriate choice of fiber type, 
resin chemistry, volume fractions, and lay-up 
orientation. For these reasons, CFRP have a lengthy 
track record in applications for structural members 
of many satellites such as truss elements and 
structure panels which is required to be 
mechanically rigid and thermally stable. 
In addition, other important aspects such as 
formabilities of large scale and precise surfaces are 
summarized in the lower part of Table 1. Although 
CFRP have superior fundamental properties, the 
practical use of CFRP mirrors as optical elements 
for space telescopes remains unachieved to date, 
except for developing models [4] [5]. The reasons 
include the fact that the surface accuracy has not met 
stringent requirements and the dimensional stability 
against space environments has not been sufficiently 
validated [9] [10]. For example, the surface accuracy 
required for visible or near-infrared light space 
telescopes is measured in nanometers. However, 
CFRP surfaces have micro asperities known as fiber 
print-through caused by chemical and thermal 
shrinkage while curing as shown in Figure 7. The 
surface roughness is usually at least a few hundred 
nanometer RMS when fabricated as is, and too 
rough for optical telescope mirrors. The thermal 
stability of the mirror surface is also stringently 
required at nanometer level in space environments. 
In particular, mirrors for infrared light telescopes are 
cooled to cryogenic temperature to reduce radiation 
noise from the mirror itself, meaning that thermal 
stability from room temperature to cryogenic 
temperature is critical issue to validate the surface 
precision.  

In this study, we fabricated CFRP mirrors and made 
experimental discussions in terms of the formability 
of precise surface and the thermal stability in space 
environments.  

 
2 Experimentation 

2.1 Design of Demonstrated CFRP Mirrors 

We developed all-composite mirrors to demonstrate 
validity of CFRP mirrors for dimensionally accurate 
and thermally stable structures. The specimens used 
in this basic experimental study were comprised of 
simple flat sandwich panels with CFRP skins and 
CFRP flex cores.  
The prepreg sheets used for the face skins were 
composed of YSH-60A and NM31 manufactured by 
Nippon Graphite Fiber (NGF). YSH-60A is a pitch 
based graphitized carbon fiber and has a moderately 
high elastic modulus. NM31 is a cyanate ester resin 
and has properties of low moisture absorption, 
superior micro-crack resistance and small cure 
shrinkage relative to epoxy resins. The resin content 
of the prepreg sheets was designed so that the CTE 
of CFRP quasi-isotropic laminates could be near-
zero. The layup configuration for the face skins was 
16 plies with a quasi-isotropic stacking sequence of 
[0/ +45/ 90/ -45]2s.  
The cores for sandwich panels were UltraFlex® 
manufactured by Ultracor, Inc. It’s available a 
honeycomb core with distinctive cell geometry as 
shown in Figure 8, and provides similar or higher 

Fig. 7. Fiber tow print-through on a flat CFRP 
laminate surface measured at 14 × 10 mm. 

(a) Cell geometry 

(b) Flexibility to curvatures 
 

Fig. 8. UltraFlex honeycomb core [11]. 

μm 

+1.0 

-1.0 

Fiber print-through of the 
second and third layers (±45°) 

Fiber print-through 
of the top layer (0°) 

300 nm RMS 
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mechanical properties than comparable hexagonal 
cores of equivalent density. Moreover, it has 
excellent flexibility and exceptional formability into 
curvatures. That means it has a great advantage in 
fabrication of concave or parabolic mirrors relative 
to hexagonal cores. While the specimens in this 
study were flat panels, we chose not hexagonal cores 
but UltraFlex with a view to development into actual 
concave or parabolic figure of reflectors or mirrors. 
The cores were made of plain-cloth prepreg mono-
sheet composed of high modulus pitch carbon fiber 
YSH-50A (NGF) and cyanate ester resin RS-3 
(TenCate). The fiber direction was 45° to the core 
height, the core size was 3/8” and the density was 32 
kg/m3 (2 pcf). The areal density was 1.3 kg/m2 with 
40 mm thickness. 
The dimensions of the specimens were 150 × 150 × 
43 mm, with the thickness of each skin was 1.5 mm 
and the core height was 40 mm. The areal size was 
decided to be able to easily fabricate and evaluate in 
a low cost way with laboratory-based experimental 
installations. The thickness of the face skins and the 
core height were designed to have sufficient rigidity 
and survive assumed launch loads for more than a 
meter scale mirrors.  
 

2.2 Fabrication Process 

For fabrication of the face skins, unidirectional 
prepreg sheets were stacked in the quasi-isotropic 
configuration on a layup tool made of synthetic 
fused silica which was polished to improve the 
surface flatness to less than λ/10 (λ is 632.8 nm 
which is the wavelength of measurement for surface 
quality assurance). The tool material was selected to 
reduce thermal distortion of the CFRP laminates in 
the cooling phase of cure cycle by equalizing both 

CTE of the laminates and the layup tool. In addition, 
the surfaces of the cured CFRP skins were expected 
to have smoothness by replicating the smoothness of 
the tool. In this experiment, the laminates were 
sandwiched between same tools with an additional 
tool placed on the top of the laminates as shown in 
Figure 9, because thermal symmetry throughout 
curing process is very important to avoid overall 
figure errors such as astigmatism, coma, and 
spherical aberration [12]. The stacked laminates 
were cured at 175 °C for 2 hours in an autoclave. 
The back face skins were also cured in the same 
configuration and conditions. 
Pre-cured front and back skins and flex cores were 
bonded using film adhesive of epoxy resin (AF191, 
3M™) on the same tools and symmetrically stacked 
configuration in an autoclave. 
 

 2.3 Replication Process 

After sandwich adhesive bonding, the surfaces of the 
front face skins were coated by thin resin layer as in 
the replica method using the same polished tool [13]. 
This is a common approach that is well documented. 
An additional resin layer is covered micro roughness 
and mitigated the magnitude of fiber print-through, 
and results in better surface quality. The steps of the 
replication process in this study are sketched in 
Figure 10: First, the surface of the layup tool was 
polished to the desired smoothness (usually less than 
λ/10) and mold release agent was spread on the tool, 
whereupon appropriate amount of epoxy resin for 
the replica coat, which was degassed in a vacuum, 
was spread thinly and uniformly over the mold 
release agent. A pre-cured honeycomb sandwich 
panel was carefully adhered to the epoxy resin to 
avoid any air or dust particles infiltrating into the 

          (a) Usual curing configuration.   (b) Symmetrically stacked curing configuration. 
 

Fig. 9. Curing configurations for face skins. 

Layup tool 
 

Layup tool  

CFRP prepreg sheets 
(Laminated quasi-isotropic configuration) 

  
Layup tool 

  
 

Autoclave 

Vacuum bag 
Mold release agent 

Additional layup tool on the laminate 
for thermally symmetrical condition 
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boundary face, and the resin was cured at room 
temperature. After bonding cure, the coated mirror 
was demolded. Generally, the mirror surface is 
finally overcoated with aluminum or gold to enhance 
the surface reflectivity and with SiO2 or MgF2 to 
prevent damage and oxidation of aluminum by 
vacuum evaporation. In this study, both reflection 
and protection coatings were not applied in order to 
estimate the thickness of resin layer by a technique 
of transparency film thickness measurement as 
mentioned in the next paragraph.  
  

2.4 Measurement of Surface Profile 

The surface profiles of the specimens were measured 
at critical phases of the fabrication and replication 
processes for follow-up evaluation of the surface 
profiles during the processes. For precise evaluation, 
we used a non-contact 3D optical surface profiler 
(NewView™ 7300, Zygo) based on white light 
interferometry. The field of view and spatial 
sampling interval could be compatibly selected with 
the appropriate choice of objective and zoom lenses. 
Measurements conditions are shown in Table 2. 
Moreover, high pass or low pass filtering separated 
surface profiles into waviness, roughness, and high 
frequency components. These techniques made it 
possible to classify the surface errors by spatial 
factors and error causes [13]. Measurements were 
executed at 9 points on the surfaces in 3 × 3 reticular 
pattern of 25 mm wide. The average and dispersion 
of 9 point data of each measurement condition were 
evaluated.  
Thickness of a resin layer is generally measured 
from a cross-sectional observation. While this is a 

direct and accurate measurement, this way is 
undesirable because the specimen is cut off and 
destroyed. Therefore, we estimated the thickness by 
non-destructive method using a technique of 
transparency film thickness measurement. The Z-
axis stage was controlled to come into focus on the 
top and bottom boundary faces of the resin layer and 
each stage position was read out from an ultra 

Fig. 11. Measurement apparatus. 
 
Table 2. Measurement conditions of surface profiles. 

Field of view Sampling 
interval 

Observed 
surface profile 

0.4 mm × 0.4 mm 0.6 μm Roughness 
1.25 mm × 1.25 mm 1.4 μm 

↕ 4 mm × 4 mm 4.4 μm 
12.5 mm × 12.5 mm 14 μm 

40 mm × 40 mm 60 μm 
100 mm × 100 mm 60 μm Figure accuracy 

 

       (a) Polish layup tool.           (b) Spread mold release agent.  (c) Spread resin layer.  
 
 
 
 
 
 
 
 

 (d) Cure and adhere.            (e) Demold.   (f) Reflection coating. 
                    (not execute in this study) 

Fig. 10. Schematics of the replication process. 
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precision linear encoder. Then, the thickness was 
calculated from the differences of the stage positions. 
The estimated results by this method were in 
excellent agreement with the measurement results 
from a cross-sectional observation in a previous 
study.  

2.5 Thermal Test Configuration 

The thermal test configuration is shown in Figure 13 
and 14. This configuration was a small laboratory-
based experimental system in a low cost way and 
designed for fundamental optical tests in thermal 
vacuum environments. One of the specimens coated 
by replica method was placed at a fixture in a 
vacuum chamber. The chamber was located on a 
high performance vibration isolation system which 
attenuated vibrations from surrounding disturbance 
sources in all six degrees of freedom by high 
precision air springs. The thermal environment of 
the chamber was cooled and heated by a shroud that 
supported both liquid nitrogen and temperature 
controlled heaters. The L-shaped fixture to support 
the specimen was made of copper to homogenize a 
temperature distribution with high heat transfer 
and attached to the temperature controlled stage in 
the shroud. The specimen was not securely fixed but 
flexibly supported from the fixture to prevent mutual 
influence of the thermal deformation due to the CTE 

Fig. 12. Non-destructive method for estimation of 
the thickness of resin layer. 

(a) Schematic of the measurement system.     (b) Experimental apparatus. 
 

Fig. 13. Thermal test configuration. 

(a) Specimen placed at the fixture.       (b) Inside view of the chamber.           (c) Backside of the fixture. 
 

Fig. 14. Installation of the specimen in the chamber. 
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mismatch between the specimen and the fixture. 
Thermocouples were installed at the four corners on 
the front and back skins to monitor multipoint 
temperatures and thermal gradients of the specimen. 
The surface accuracy throughout thermal test was 
measured using a laser interferometer (GPI-XP™, 
Zygo) and the light source was a He-Ne laser which 
wavelength was 632.8 nm. The measurement area 
was confined to the central of ϕ 100 mm of the 
specimen due to the aperture diameter of the 
interferometer. It was located on the same vibration 
isolation system with the chamber. This equipment 
layout was important to diminish measurement 
errors occurred by the relative displacement between 
the interferometer and the chamber due to vibrations 
from surrounding disturbance sources. The plane 
wave laser was irradiated to the specimen surface 
through the quartz window of the chamber and the 
surface accuracy was calculated from the observed 
interferogram patterns. The chamber was evacuated 
to 1 × 10-4 Pa and the thermal condition was planned 
to cool to 120 K and then heat to 360 K which were 
easily achieved with liquid nitrogen and heaters. 
Surfaces were measured every 30 K and the thermal 
environment in the shroud was temporarily kept at a 
constant temperature throughout each measurement 
to prevent thermal disturbance and transiently 
thermal deformation. 

 
3 Results and Discussions 

3.1 Fabrication of Demonstrated CFRP Mirrors 

Figure 15 shows photographs of a demonstrated 
CFRP mirror at three steps of the fabrication and 
replication processes. It’s obvious that the surface 
after replica coating was fairly became smooth with 
a clear reflection image on the surface. The weight 
was measured 157 grams after replica coating, so 
that the areal density was 7.0 kg/m2. The breakdown 

of the areal density was as follows: front and back 
skins were 5.6 kg/m2 in total (each skin was 2.8 
kg/m2), the flex core was 1.3 kg/m2, film adhesive 
for sandwich bonding was 0.1 kg/m2 and replicated 
resin layer was less than 0.1 kg/m2. 
 
3.2 Surface Profile 

The surface profiles measured at critical phases of 
the fabrication processes are shown in Figure 16. 
The horizontal axes of these graphs are the size of 
the field of view and vertical axes are the averaged 
surface accuracy measured at the 9 points on the 
surface. The contour figures shown in these graphs 
indicate the surface maps illustrated surface figures 
or micro roughnesses which are typically observed 
in each measurement condition.  
After fabricating face skins as shown in Figure 16 
(a), the overall saddle shapes or spherical shapes 
were observed at wide measurement areas over 10 × 
10 mm. The figure accuracy became larger with 
increase in the measurement areas and seems to be 
proportional to the area size. In this zone, the surface 
profiles were determined by the magnitude of 
overall figure errors. In case the overall figure errors 
were simple shapes such as astigmatism, coma, and 
spherical aberration, it was possible to estimate the 
magnitude of the errors for large scale mirrors by 
extrapolating the graphs to the large areas. In the 
middle areas of 1 to 10 mm square, the overall figure 
errors made little impact on the surface accuracy 
relative to the wide areas. Instead the surface 
accuracy was determined by the streaky patterns. 
These patterns were observed in fiber directions, not 
only of the outermost layer but also of the second 
and third layers. The peak-to-peak amplitude of the 
patterns was about ± 0.5 µm and the spatial pitch 
was 0.2 to 0.5 mm or sometimes several mm. It was 
considered to be fiber tow print-through in terms of 
the pattern directions and pitch. In the smallest 

(a) CFRP skins.  (b) After sandwich bonding.         (c) After epoxy resin coating. 
                   (Without reflection coating.) 

Fig. 15. Photographs of a demonstrated mirror at critical phases of fabrication process. 
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measurement area of 0.4 × 0.4 mm, where area size 
was smaller than the width of fiber tow, only streaky 
pattern in the fiber direction of the outermost layer 
was observed. The amplitude of the pattern was 
about ± 0.1 µm and the pitch was 5 to 10 µm. It was 
considered to be individual carbon fiber print-
through because the pattern pitch was corresponding 
to the diameter of the single carbon fibers. 
After sandwich bonding as shown in Figure 16 (b), 
the overall shapes were changed compared to the 
skins in a greater or lesser degree, but the averaged 
magnitude of the surface figure errors were almost 
same. It was thought that the changes of overall 
figure errors were occurred by the mutual influence 
of the slight differences in the figure errors of both 
front and back skins. In contrast, surface errors due 
to fiber tow and individual carbon fiber print-
through in the middle and small areas were nearly-
unchanged compared to the skins.  
The surfaces became fairly smooth after the replica 
process as shown in Figure 16 (c). Although the 
fiber tow patterns in the middle areas did not solved 
completely, the magnitude of the patterns was fairly 
mitigated. The individual carbon fiber print-through 
was completely covered and diminished. The surface 

roughness could be controlled to within several nm 
RMS, and the figure accuracy was improved to 0.2 
μm RMS at the measurement area of 100 × 100 mm. 
The thickness of replicated resin layer was estimated 
about 95 µm and its dispersion was about 4 µm by 
the non-destructive method.  

(a) CFRP skins.              (b) After sandwich bonding. 
 
 
 
 
 
 
 
 
 
 
 
 

 (c) After epoxy resin coating.      (d) Follow-up evaluation during the processes. 
 

Fig. 16. Surface profiles of a demonstrated CFRP mirror at critical phases of fabrication processes. 

Fig. 17. In-focus image of the top and bottom 
boundary faces of the resin layer. 

 

 
 

 

 

 

 
 

∆Z = 95 ±2 μm 
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3.3 Stability under Thermal Test 

Figure 18 shows a series of changes of interferogram 
patterns during thermal test. The actual temperature 
profile and characteristic surface maps calculated 
from each interferogram pattern are shown in Figure 
19. While the thermal condition was planned to cool 
to 120 K, cooling operation was actually stopped on 
the way at 160 K because some belt-like irreflexive 
zones were observed in the interferogram patterns. 

As a consequence, these were found to be cracks on 
the resin layer by an observation after thermal test.  
Temperature gradients in each skin and between 
both skins were less than 3 K, meaning the thermal 
environment was well managed by the shroud.  
As shown in Figure 18 and 19, a spherical figure 
error which was convex upward and streaky patterns 
due to fiber tow print-trough in the direction of 0º, 
±45º and 90º were observed initially. Initial surface 

Fig. 18. Changes of the interferogram patterns during thermal test. 
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Fig. 19. Temperature profile and thermal deformation during thermal test. 
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THERMAL STABILITY OF CFRP MIRRORS FOR SPACE 
TELESCOPES UNDER THERMAL CYCLE TEST  

accuracy was 0.1 μm RMS. The fiber tow print-
through gradually changed for the worse by cooling 
from room temperature. In addition, low contrast 
fringes and high fringe densities of interferogram 
patterns made it difficult to calculate clear surface 
maps while cooling. Although they were not clear, it 
was found that the overall figure errors were 
included spherical shapes and saddle shapes while 
cooling. In contrast, the streaky patterns were 
decreased and reverse saddle shape was occurred 
while heating in the latter half of the test. A plot of 
the surface figure error versus temperature is shown 
in Figure 20. It was found that the surface was 
relatively stable at a temperature from 240K to 360K, 
and thermally induced figure error was 0.1 μm RMS 
at 240K in the first cooling process. The error took a 
sharp turn for the worse at 240K and it was finally 
degraded to 2.5 μm RMS at 160K.  
The results suggest that the streaky patterns due to 
fiber tow print-through were caused by chemical and 
thermal shrinkage of the matrix resin of CFRP while 
curing process and the thermal residual stress caused 
by the shrinkage was relaxed with coming close to 
curing temperature. Therefore, the streaky patterns 
were almost diminished and fine contrast fringes of 
interferogram patterns were obtained in the latter 
half of the test. Additionally, it was thought that the 
overall figure errors were occurred by the mutual 
influence between the front skin, back skin and 
honeycomb core as a bimetallic effect because the 
saddle shape was occurred in the reverse direction at 
cooling and heating processes. Moreover, thermal 
stress was increased with decreasing temperature 
which means increasing the difference from curing 
temperature, and result in making cracks on the 
surface while cooling in the first half of the test. The 
changes of the surface figures were not repeated at 
same temperatures both of cooling and heating 

Fig. 23. Comparison of the surface profiles before 
and after thermal test. 

(a) Surface map. 

(b) Cross-sectional profile of the cracks. 
 

Fig. 22. Surface after thermal test measured at 100 × 
100 mm. 

Fig. 21. Photographs of the cracks occurred on the 
resin layer after thermal test. 

Fig. 20. Surface figure error versus temperature 
curves during thermal test. 

Cracks 
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processes in the cold condition because mechanical 
balance of the surface was changed due to the cracks. 
Figure 21 shows cracks occurred at 160K and 
remained on the resin layer after the test. With the 
detailed measurements, the cracks were stuck out 
upward from the surface and the height was 2 μm to 
4 μm as shown in Figure 22. In addition, surface 
profile measured after thermal test was obviously 
degraded as shown in Figure 23. Although the 
overall shape was seemed mostly unchanged except 
for the cracks, the surface accuracy in the middle 
and narrow area was degraded an order of 
magnitude relative to initial state. In these areas, the 
surface accuracy was determined by the fiber tow 
print-through and single carbon fiber print-through. 
That means these print-thorough were affected by 
the thermal environments to a greater extent and 
thermal deformation observed at the short bandwidth 
less than 100mm was residual after thermal test.   
 

4 Conclusions 

In this study, ultra-lightweight and high-accuracy 
CFRP mirrors for space telescopes were fabricated 
using the improved fabrication process with the 
thermally symmetrical configuration. The areal 
density was achieved 7.0 kg/m2, and figure accuracy 
at 100 mm square and micro roughness was 
improved to 0.2 μm RMS and 6.2 nm RMS with 
replicated coating. The measurement system for 
thermal test with a vacuum chamber and a He-Ne 
laser interferometer was constructed and the 
demonstrated mirror was tested at cryogenic 
temperature. Thermal induced figure error was 0.1 
μm RMS at 240K and 2.5 μm RMS at 160K. High-
frequency thermal deformation was found to be 
coincided with fiber tow print-through. These 
streaky patterns degraded the contrast of fringes of 
interferogram patterns and made it difficult to 
calculate clear surface maps. The cracks were 
occurred at 160K and remained on the surface after 
thermal test. The direction of all cracks was 
coincided with the direction of outermost layer. A 
residual thermal stress between carbon fibers and 
matrix resin caused by chemical and thermal 
shrinkage while curing process have the great impact 
on thermal stability of the CFRP surface. The 
relaxation of the residual thermal stress and 
reduction technique of the fiber print-through were 
residual issue for future works to further improve 
surface accuracy and thermal stability of CFRP 
mirrors. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Symbols  and Abbreviation 
Ad Detected overall damage area  
C  Calibre of projectile 
de  de = (4 Ad /π) 0.5, equivalent diameter for damage 

area expression 
d0  Characteristic distance 
Exx Modulus of laminate in x (0-ply) direction 
Eyy Modulus of laminate in y (90-ply) direction 
Gxy In-plane shearModulus of laminate 
F Finite width correction factor 
KT Stress concentration factor  
N/A Not applicable 
R Radius of a machined hole 
R2 Correlation coefficient 
S Lamina in-plane shear strength 
Tap Tap test 
TG Thermography damage detection 
vi  Impact speed of projectile 
vr  Residual speed of projectile after perforation 
v50  Ballistic limit speed 
v50est  Ballistic limit speed estimated using Eqn.1  
vxy  Laminate in-plane Poisson ratio 
W Width of specimen 
X Lamina longitudinal strength  
Y Lamina lateral strength 
σ Normal stress 
σ0 Limit remote normal stress, un-notched specimen 
σn  Limit remote normal stress, notched specimen 
τ0 Limit remote shear stress, un-notched specimen 
τn Limit remote shear stress, un-notched specimen 
τxy In plane shear stress 

1 Introduction  

Fibre-reinforced polymer composite materials are 
increasingly used in many aircraft. Some recently 
developed military helicopters, such as Bell/Boeing 
V22 and H-53K, as well as Eurocopter Tiger, and 
NHI’s NH90, have nearly all-composite airframe 
structures. Unlike civil operations, military aircraft 
are vulnerable to ballistic impact damage from 

small-arms fire in the battlefield. Knowledge of 
ballistic damage to the carbon fibre polymer 
materials and the residual strengths of composite 
structures is important for military aircraft design, 
operation, and battle-damage repairs.  
The vulnerability criteria currently used for metallic 
structures is the “damage limit” approach based on 
visible damage. In the case of composite structures, 
the damage caused by ballistic impact involves 
delamination in the laminate skins, debonding 
between the skins and honeycomb core, and core 
damage. This damage generally extends to a 
significantly larger area than the visible damage area, 
thus requiring detection using non-destructive 
inspection (NDI) techniques. 
The residual strength of composite structure arising 
from a combination of visible penetration damage 
and invisible damage is not well understood. 
Limited research has been reported in measurement 
of residual strengths of composite structures subject 
to ballistic damage [1-4]. This paper summarises 
recent research carried out at the Defence Science 
and Technology Organisation (DSTO) and the 
Cooperative Research Centre for Advanced 
Composite Structures (CRC-ACS) in this area. 

2 Experiment Method 

2.1 Ballistic Testing and Structural Test Specimens 

Projectiles with 7.62 mm, 12.7 mm and 20.0 mm 
calibres were used in the ballistic testing with 
relatively low and high impact speeds between 200 
m/s and 1000 m/s. The impact and residual speeds of 
the projectile were measured using two 
chronographs installed in front of and behind the 
target, respectively. 
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Three types of structural test specimens, namely 
tensile, compression, and shear specimens were 
designed and manufactured.  
For both tensile and compression specimens, large 
panels were made first. After ballistic impact, they 
were cut into the specified specimen sizes with the 
ballistic damage at the centre. Shear specimens were 
made in their final size before ballistic impact. 
The laminate tensile specimens were made of 
carbon-epoxy prepreg with a layup of 
[(0/90)/(±45)]s. The size of the specimens was 250 
mm x 100 mm.  
The sandwich panel compression specimens were 
made using two face sheets with the same material 
and layup as the tensile specimen, co-cured to a 15 
mm thick Nomex honeycomb core with a film 
adhesive. The size of the specimen was 150 mm x 
100 mm.  
The section view of the shear specimen is shown in 
Fig.1. The front view of a shear specimen in the test 
fixture is shown in Fig 3. The prepreg, honeycomb 
core and adhesive materials are the same as those 
used for the compression specimens. The layups of 
top and bottom skins are [(0/90)/(±45)/(0/90)] and 
[(0/90)/(±45)]s, respectively. The bottom skin 
represents the external surface. Ballistic impact was 
conducted after the specimens were made. 
The material property data used in the analysis are 
provided in Table 1. 

Table 1. Laminate material properties 

Properties Lamina 
(25°C) 

Honeycomb 

E11 62 0.002 
E22 60 0.002 
E33 9.5 0.128 
G12 4.9 0.0008 
G13 4.9 0.0365 

 
 

Modulus 
(GPa) 

G23 4.9 0.0214 
λ12 0.09 0.3 
λ13 0.09 0.016 

Poisson 
Ratio 

λ23 0.30 0.016 
σ11 800 - 
σ22 800 - 
σ33 - 2.17 
τ12 100 - 
τ13 70 1.10 

 
 

Strength 
(MPa) 

τ23 70 0.62 
Thickness (mm) 0.225 15 

 
 
 
 
 
 
 
 

 
Fig.1. Shear specimen (mm) 

The ballistic limit speed of the laminate and 
sandwich panels, v50, was estimated using Eqn.1 [5] 
with the measured ballistic impact and residual 
speeds, approximately 40 and 56 m/s, respectively. 

               2/122
50 )( riest vvv −=                          (1) 

2.2 NDI Measurement 

Tap test, ultrasonic A-scan and flash thermography 
non-destructive inspection (NDI) techniques were 
used to examine the extent of damage caused by 
ballistic impact to the specimens. 
The boundary lines of the damage area marked from 
the tap test and ultrasonic A-scan, and the images 
from the flash thermography NDI were processed 
using an image processing program, IMAGEJ, [6] to 
quantify the total damage areas. 
An equivalent diameter, de, is calculated from the 
measured damage area to provide a convenient 
method of comparison. 

2.3 Structural Testing 

The tensile specimen was installed in the test 
machine with a 50 mm gripping length at each end 
(Fig.2(a)).  
 
 
 
 
 
 
 
 
 
 
 
 
      (a)  Tensile test             (b) Compression test 

Fig.2. Tensile and compression tests. A pristine 
specimen with end reinforcement is shown in (b) 
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During compression testing, the impacted specimens 
were compressed directly between two platens of the 
test machine from both ends. The experiment proved 
that the compression failure was neither in the form 
of globe buckling nor face sheet wrinkle. For the 
undamaged (baseline) specimens, additional end 
reinforcement was found necessary to prevent 
premature failure at the ends and thus enable the true 
compression strength of these specimens to be 
measured. These specimens were made with 15 mm 
extra length at each end (Fig.2(b)). After 
manufacture, the ends were encapsulated in a resin 
casting (AW106/ HY953 with 5% by weight DT082 
filler (calcium carbonate)). The specimens with end 
reinforcement failed at their mid section with 6.7% 
increase of failure load on average compared with 
those without end reinforcement. 
The shear test was conducted on a picture frame test 
fixture with four hinges, Fig.3. The specimen was 
bolted to the frame. The load was applied diagonally 
through two hinges. 
Both tensile and compression tests were conducted 
on a 100kN Instron tensile test machine, with a 
crosshead speed of 0.5 mm/min. The shear test was 
conducted on a 500kN Instron tensile test machine 
with a crosshead speed of 2 mm/min. 
 

 
 
 
 
 
 
 
 
 
 
 
 

Fig.3. Picture frame shear test 

3 NDI Results  

Comparison of the detected damage areas from tap 
test, ultrasonic A-scan and flash thermography NDI 
techniques is provided in Tables 2 and 3.  
As shown in these two tables, the tap test and flash 
thermography agreed reasonably well, with the tap 
test showing slightly larger damage area. The A-
scan device used a 6 mm diameter probe that was 

unable to pick up small delaminations from the edge 
of the perforation. For larger damage areas, the tap 
test and A-scan had better agreement. 

Table 2. NDI method comparison – Laminate 
specimens  

de   Entrance (mm) de  Exit (mm) C 
(mm) TG Tap A-scan TG Tap A-scan 
7.62 13.0 14.4 * 16.2 16.7 * 
7.62 13.4 14.2 * 15.8 16.0 * 
12.7 17.7 19.2 * 24.1 24.9 * 
12.7 18.0 21.0 * 22.5 24.0 * 
12.7 18.5 19.5 * 20.4 21.0 * 
20.0 - 28.1 27.6 - 30.7 28.8 
20.0 - 27.0 28.2 - 28.6 29.3 
20.0 - 28.7 28.4 - 29.4 29.4 
20.0 - 27.2 28.7 - 30.1 30.2 

* Unable to determine damage reliably beyond visible damage  
 - No measurement was conducted 

Table 3. NDI method comparison – Sandwich 
specimens  

de    Entrance (mm) de  Exit (mm) C 
(mm) TG Tap A-scan TG Tap A-scan 
7.62 13.6 14.2 10.9 20.0 21.9 11.5 
7.62 15.2 14.4 10.9 19.8 20.7 11.6 
7.62 - 15.7 14.3 - 18.3 15.3 
7.62 - 14.8 13.6 - 18.6 15.8 
12.7 22.3 22.7 18.1 24.8 26.5 19.4 
12.7 26.7 27.5 18.5 27.2 29.7 25.3 
12.7 21.8 23.2 18.2 25.5 26.6 20.9 
12.7 - 23.8 23.4 - 23.4 24.3 
12.7 - 22.6 25.0 - 24.5 25.0 

Tables 4 and 5 provide damage areas corresponding 
to different calibres and different nominal impact 
speeds, detected using the tap test.  
As shown in these two tables, in several cases the 
damage caused by lower impact speed is lower than 
caused by higher impact speed, however, in two 
cases (7.62 mm calibre, exit side in Table 3 and 12.7 
mm calibre, exit side in Table 4), the opposite was 
true.  
The results showed that the overall damage area is 
significantly higher than the projectile calibre size. 
The maximum damage (exit side) data in Tables 3 
and 4 were fitted using the following polynomial 
formula as a function of the projectile calibre, C:  

32
2

1)( kCkCkd exite ++=                  (2) 

where k1, k2 and  k3 are constants.  
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For laminate specimens, k1, k2 and k3 are 0.0019, 
1.00 and 8.91, and for sandwich specimens k1, k2 and 
k3 are 0.112, -0.771 and 18.1. In both cases, a high 
correlation coefficient R2 = 0.95 is achieved. Thus 
the damage area appears predominately affected by 
the calibre size as the effect of the impact speed, 
when it is significantly higher than the ballistic limit, 
is insignificant. 
Table 4. Tap test detected damage under various 
nominal impact speeds – Laminate specimens  

de Entrance (mm) de  Exit (mm) C 
(mm) 840

m/s 
400
m/s 

220 
m/s 

840 
m/s 

400
m/s 

220 
m/s 

14.4 14.5 13.2 16.7 16.8 16.7 
14.2 14.1 12.8 16.0 16.2 16.3 

 
7.62 

- 10.8 12.7 - 16.3 18.2 
de  Entrance (mm) de  Exit (mm) C 

(mm) 660
m/s 

400
m/s 

220 
m/s 

660 
m/s 

400
m/s 

220 
m/s 

19.2 - 17.7 24.9 - 21.0 
21.0 - 18.1 24.0 - 20.8 

 
12.7 

 19.5 - 18.3 21.0 - 19.9 
de  Entrance (mm) de  Exit (mm) C 

(mm) 1000
m/s 

400
m/s 

220 
m/s 

1000
m/s 

400
m/s 

220 
m/s 

28.1 - - 30.7 - - 
27.0 - - 28.6 - - 
28.7 - - 29.4 - - 

 
20.0 

 
27.2 - - 30.1 - - 

Table 5. Tap test detected damage under various 
nominal impact speeds – Sandwich specimens  

de    Entrance (mm) de  Exit (mm) C 
(mm) 840

m/s 
400
m/s 

220 
m/s 

840 
m/s 

400
m/s 

220 
m/s 

14.2 18.2 15.7 21.9 19.0 18.3 
14.4 14.3 14.8 20.7 19.0 18.6 

- - 14.4 - - 18.0 
- - 14.4 - - 16.1 

 
 

7.62 

- - 15.3 - - 17.1 
de   Entrance (mm) de  Exit (mm) C 

(mm) 660
m/s 

400
m/s 

220 
m/s 

660 
m/s 

400
m/s 

220 
m/s 

22.7 20.0 23.8 26.5 27.1 27.0 
27.5 19.3 22.6 29.7 26.0 26.7 
23.2 20.7 22.5 26.6 24.9 27.9 

- 20.6 20.6 - 25.1 24.7 
- 21.2 26.0 - 24.8 30.1 

 

 
12.7 

 

- 20.3 21.7 - 24.5 24.7 
de  Entrance (mm) de  Exit (mm) C 

(mm) 1000
m/s 

400
m/s 

220 
m/s 

1000 
m/s 

400
m/s 

220 
m/s 

41.9 - - 48.6 - - 20.0 37.8 - - 48.4 - - 

4 Tensile and Compression Test Results and 
Processing 

The residual strengths measured from the tensile and 
compression tests are listed in Tables 6 and 7. Test 
results from pristine specimens and specimens with 
machined holes are also included for comparison. 
The results showed that the strengths of the 
specimen with ballistic damage were significantly 
lower than that of the pristine specimens, however, 
they were only slightly lower than that of the 
specimens with a machined hole of the same 
diameter as the projectile calibre in terms of the 
average strength.  
The results overall did not indicate a clear trend of 
the effect of the impact speed on the residual 
strength. 

Table 6. Residual strength from laminate specimen 
tensile tests 

Specimen  
Type  

Impact 
Speed 
(m/s) 

Failure  
Load  
(kN)  

Average 
Failure 

Load (kN) 
44.8  
44.6  
47.7 

 

Pristine  
 

 

N/A 

42.7 

 
45.0 

30.8 
30.5 

 
8 mm diameter 
machined hole  

 
N/A 

31.2 

 
30.8 

845  31.5  
844  29.8 7.62 mm calibre 

ballistic impact 
845  29.7 

 
30.3 

224 30.4 7.62 mm calibre 
ballistic impact 234 30.5 

30.5 

27.4 12.7 mm dia. 
machined hole  N/A 26.5 

27.0 

666  24.8 
662  27.8 12.7 mm calibre 

ballistic impact 
665  24.4 

 
25.7 

204 23.7 
236 29.9 12.7 mm calibre 

ballistic impact 
249 23.8 

 
25.8 

998 20.3 
1000 20.1 
1000 20.4 

 
20 mm calibre 
ballistic impact 

1004 21.5 

 
20.6 
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Table 7. Residual strength from sandwich specimen 
compression tests 

Specimen  
Type  

Impact 
Speed 
(m/s) 

Failure  
Load  
(kN)  

Average 
Failure 

Load (kN) 
65.2 
67.8 

 

Pristine  
 

 
N/A 

62.2  

 
65.1 

45.6 
44.3 8 mm diameter 

machined hole  

 
N/A 

51.8 

 
47.2 

848 47.6 7.62 mm calibre 
ballistic impact 848 46.8 

47.2 

231 42.9 7.62 mm calibre 
ballistic impact 230 39.0 

41.0 

40.8 
40.4 12.7 mm dia. 

machined hole   

 
N/A 

40.2  

 
40.5 

670 38.7 
668 37.3 12.7 mm calibre 

ballistic impact 
670 37.8  

 
37.9 

191 36.5 
231 42.9 12.7 mm calibre 

ballistic impact 
230 39.0 

 
39.5 

 
The characteristic distance approach developed by 
Whitney and Nuismer [7-8] was applied to predict 
the strength of the specimens with machined holes 
under tensile and compression loads using the 
following formula: 

     )]75)(3(32/[2 8642

0
ξξξξ

σ
σ

−−−++= T
n KF  (3) 

where )/( 0dRR +=ξ                

  5.05.0 )}/(])/[(2{1 xyxxxyyyxxT GEEEK +−+= ν  

         
3)/21(2

)/21(3
WR

WR
F

−+
−

=  

For the tensile test results, using Eqn.3 with the data 
in Table 6 for 8 mm and 12.7 mm machined holes, 
the characteristic distances can be determined. The 
results are plotted in Fig.4.  

Using Fig.4 and the average values in Table 6, 
specimens with 7.62 mm and 12.7 mm calibre 
damage could be considered as equivalent to 7.92 
mm and 15.3 mm diameter machined holes, 
respectively. The estimation of equivalent diameter 

in the 20 mm calibre cases is not included as there is 
no data for the machined hole near 20 mm diameter. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig.4. Tensile strength of specimens with machined 

holes vs. pristine specimens (d0 = 0.186R +1.56 mm) 

For ballistic damaged specimens, strictly speaking 
Eqn.3 can not be used to predict the strength. 
However, considering the delamination damage as a 
small perturbation from a clean hole damage, to 
establish an empirical formula through a regression 
approach with experimental data to predict the 
strength of the specimens with ballistic damage, 
Eqn.3 provides an effective model.  
For the ballistic damaged specimens, Eqn.3 was 
used to fit the measured data by replacing R with 
C/2 and adjusting the characteristic distance. Fig.5 
gives the plot for the tensile test results. The 
characteristic distance value is provided in the 
figure. 
From Fig.5 considerable scatter can be seen in the 
strength of the ballistic damaged specimens. 
Similarly for the compression test results, the 
characteristic distances d0 = 2.70 mm and d0 = 
0.0906C +1.54 mm are obtained for the specimens 
with machined holes and ballistic impact damage 
respectively.  
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Fig.5. Tensile strength of specimens with ballistic 
damage vs. pristine specimens  

(R=C/2, d0 = -0.00821C2  +0.208C +1.10 mm) 
In order to obtain insight into the effects of ballistic 
damage, a linear elastic finite element method 
(FEM) analysis was further conducted (using MSC 
Nastran, 2008 R2). In this analysis, the focus was on 
the effect of delamination on the residual strength 
since it is considered that delamination constitutes 
the majority of damage that can only be detected by 
NDI means. A 3 mm delamination was assumed 
(based on the entrance hole diameter de shown in 
Table 4) between all layers for a perforation 
diameter of 12.7 mm. Each layer of the four layer 
specimen was modelled with two 20 node brick 
elements through thickness.  The mesh is shown in 
Fig.6, with total number of 72,000 elements for the 
structure. 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.6. FEM mesh for a tensile test specimen 

The applied load was in the form of remote stress 
along the boundary that corresponded to the tensile 
failure load for the ballistic impact case. For 
comparison a machined hole (without delamination) 
with the same remote stress was also calculated. 
These results are shown in Fig.7. 
 
 
 
 
 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.7. Comparison between stresses in layer 1 
(upper) and layer 2 (lower) 

The results in Fig.7 (upper) for layer 1 in the 0o fibre 
direction show that the stresses at the edge of the 
hole where failure occurs are higher (11%) for 
ballistic damage than for the case of the machined 
hole. In the case of layer 2, Fig.7 (lower), the 
stresses in the 45o fibre direction are higher in the 
case of the machined hole, however the maximum 
fibre stresses are considerably lower than the 
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stresses in layer 1. Although not shown, stresses in 
layers 4 and 3 are much the same as layers 1 and 2 
respectively. The other stress components (such as 
in-plane shear or through thickness stresses) were 
low in comparison to the allowable stresses. Clearly 
delamination from ballistic damage results in a 
redistribution of load. 
Though the above analysis considered a tensile load 
case, it would also be applicable to the compression 
load case since the failure from buckling or surface 
wrinkle was not involved.  

5 Shear Test Results and Processing 

The residual strengths measured from the shear tests 
are listed in Table 8. Test results from pristine 
specimens and specimens with machined holes are 
also included for comparison. This included an 
assessment of multiple penetrations of 12.7mm 
ballistic damage.  
Fig.8 shows a tested specimen that failed in 
compression perpendicular to the tensile loading 
direction (-45˚ direction of the laminate). The crack 
is along the loading direction (45˚ direction of the 
laminate). The test specimens failed either in this 
way in compression, or in tension with the crack 
along the -45˚ direction of the laminate. 
 
 

 
 
 
 
 
 
 
 
 
 
 

Fig.8. Compression failure of specimen loaded in 
shear, loading direction shown by white arrows 

 
For the shear specimens, some penetrating points 
were not exactly at the centre location. The 20 mm 
round shots in particular were significantly off-
centre. FEM analysis was conducted to examine the 
effect of the different damage locations on the 
strength of these specimens. 

Table 8. Residual strength from shear tests 
Specimen  

Type  
Impact 
Speed 
(m/s) 

Failure  
Load  
(kN)  

Average 
Failure 

load (kN) 
113.7  Pristine N/A 127.7  120.7 

94.0 8 mm diameter 
machined hole  N/A 91.1 92.6 

845  96.2  7.62 mm calibre 
ballistic impact 844  89.5 92.9 

666  79.4 12.7 mm calibre 
ballistic impact 662  82.9 81.2 

204 75.0 12.7 mm calibre 
ballistic impact 

(two shots) 236 79.5 
77.3 

998 80.7 20 mm calibre 
ballistic impact 1000 79.3 80.0 

The Nastran FEM program was used to model the 
shear rig and specimens. A 3D view of the FEM 
mesh is shown in Fig.9.  Shell elements were used to 
model the laminate skins, while solid elements were 
used to model the Nomex honeycomb and the steel 
frame. In order to simplify the analysis the pivot was 
replaced by a link with rotational freedom at the 
hinge positions. The loading was applied diagonally 
through two hinges (a force applied to one corner 
point and fixed displacement at the other corner).   
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.9. FEM model of shear frame and specimen of 
honeycomb sandwich composite     

The FEM modelling indicated that, as expected, the 
critical layers were the -45˚ and +45˚ payers with 
nearly identical peak stress in compression and 
tension respectively, and that the bottom skin (refer 
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to Fig.1) withstands the majority of the applied load 
(79.3%). 
In analysis conducted, a 20 mm hole at the centre of 
the panel and a 20 mm hole located in the corner of 
the panel (where a 20 mm round hit), Fig. 10, was 
compared. 
The results plotted in Fig. 11 show that the shear 
stress of the bottom laminate at the corner location is 
lower by 14% than that at the centre.  
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Fig.10. Finite element mesh for rig and a specimen 

with a 20 mm hole at the corner 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.11. FEM comparison of laminate shear stress in 
corner and centre of the bottom skin (20 mm hole) 

As an alternative to the FEM method, the 
characteristic distance approach developed by Tan 
[9-10] was adopted to model the strength of the 

specimen with a machined hole under the shear 
loads. 
The laminate stress distribution under an applied in-
plane load can be obtained from a superposition of 
the stress components due to the uniform stress field 
and the stress concentration, using a set of complex 
equations provided in References [9-10]. The 
strength of the specimens can then be further 
determined using a suitable failure criterion with the 
characteristic length approach. The following Tsai-
Hill criterion [11] was considered: 

12

2
12

2

2
221

2

2
1 =++−

SYXYX

τσσσσ
         (4) 

The equations were solved for a remote shear stress 
loading. As previously mentioned the failure 
occurred in the -45˚ degree plies in compression, or 
in the 45˚ degree plies in tension at almost the same 
load.     
The result is shown in Fig.12 where the 
characteristic length was set at d0 = 1.0 mm, from 
calibration with the experimental data of the 
specimens with an 8 mm diameter machined hole. 
  

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

Fig.12. Shear strength of specimens with machined 
holes vs. pristine specimens (d0 = 1.0 mm) 

Unlike the characteristic distance approach 
developed by Whitney and Nuismer [7-8], Tan’s 
approach does not provide a closed form analytical 
solution. Rather it requires use of the Mathematica 
program to solve a set of complex equations. For 
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easy use, the results from this model were further 
fitted using a polynomial equation: 

  65
2

4
3

3
4

2
5

1
0

kRkRkRkRkRkn +++++=
τ
τ

    (5) 

Where k1 to k6 are -9.05E-10, 2.46E-7, -2.61E-5, 
1.38E-3, -0.0395 and 1.01, respectively. The 
correlation coefficient R2 = 1.000 (the fitted curve 
and original curve virtually overlap together).  

A model similar to Eqn.5 is used to fit the measured 
strength data of the specimens with ballistic damage:     

  65
2

4
3

3
4

2
5

1
0

kCkCkCkCkCkn +++++=
τ
τ

    (6) 

k1 to k6 are 0, 0, -1.47E-5, 1.18E-3, -0.0384 and 
1.00. The correlation coefficient R2=0.99. The 
results are plotted in Fig.13. Note that the correction 
factor from the FEM analysis was included for the 
20 mm data points. 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 

Fig.13. Shear strength of specimens with ballistic 
damage vs. pristine specimens 

Military aircraft structures may encounter multiple 
hits in adjacent areas. In a preliminary effort to 
investigate the effect of multi-hits, two 12.7 mm 
projectiles were impacted on each of two shear test 
specimen panels. As shown in Fig.14 the two shots 
are almost symmetric to the specimen centre, and 
around 30 mm apart (measured from the perforation 

centres). The measured failure loads are included in 
Table 8. 

Using the curve in Figure 13 and the ratio between  
the average failure load of these two specimens and 
that of the pristine specimens (τn/τ0 = 0.640), the 
ballistic impact from the two 12.7 mm round 
impacts may be considered as equivalent to a single 
shot of 15.0 mm calibre projectile.    
 
 
 
 
 
 
 
 
 
 
 
 
Fig.14. A shear specimen with impact from two 12.7 

mm projectiles. Shot exit face is shown. 

6 Summary and Conclusions 

The NDI results indicated good agreement between 
the tap test and flash thermography damage 
measurement, with the tap test showing slightly 
larger detected damage area. The A-scan device was 
unable to pick up small delaminations from the edge 
of the perforation due to the probe size limit. For 
larger damage areas, the tap test and A-scan showed 
good agreement. The overall damage area is 
significantly larger than the projectile calibre size. 
The effect of the impact speed in the speed range 
tested is insignificant. 
The measured residual strengths showed that the 
strengths of the specimens with ballistic damage 
were significantly lower than that of the pristine 
specimens, however, they are only slightly lower 
than that of the specimens with a machined hole of 
the same diameter as the projectile calibre. The 
results did not show a clear trend of the effect of the 
impact speed on the residual strength. 
Considerable scatter was seen in the strength of the 
ballistic damaged specimens. 
The characteristic distance approach developed by 
Whitney and Nuismer was used to simulate tensile 
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and compression strength of specimens with a 
machined hole and extended to simulate strength of 
specimens with ballistic damage. The model fitted 
the mean values of measurement data well.  
Delamination at the ballistic damaged area in the 
tensile specimen was simulated using FEM analysis. 
The analysis indicated that delamination would 
noticeably increase the fibre dominated stress at the 
edge of the hole, resulting in the specimen failure at 
lower loads than for an equivalent diameter 
machined hole. 
For the shear tests, FEM analysis indicated that the 
shear stress in the laminate away from the centre of 
the specimen is significantly lower than at the centre 
and thus provided a correction factor to compare the 
strengths between specimens with ballistic damage 
off-centre and pristine specimens.  
The characteristic distance approach developed by 
Tan [9-10] was adopted to predict the strength of the 
shear test specimens with a machined hole. For 
practical use, the results from this model were 
further fitted using a polynomial equation. This 
approach was extended to simulate strength of shear 
specimens with ballistic damage. The model fitted 
the measurement data well. Using this model, the 
ballistic impact from two 12.7 mm rounds was 
assessed to be equivalent to a single shot of 15.0 mm 
calibre in terms of the measured residual strength. 
This work has developed the means to assess 
ballistic damage to thin-skinned carbon fibre 
polymer materials to support design, operation, and 
battle-damage repairs for military aircraft. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1  Introduction 

This paper presents recent work on the Strain 

Invariant Failure Theory (SIFT) that has recently 

been named Onset Theory to emphasise its 

application to onset of irreversible damage in carbon 

fibre and glassy polymeric resins. The theory was 

first proposed by Gosse and Christensen [1]. It is 

based on two fundamental assertions; that prediction 

of failure of homogeneous materials should be based 

on strain, and that the onset of irreversible behaviour 

in homogeneous solids arises from only two possible 

modes. In the case of glassy polymer resins, failure 

can occur via excessive dilatation (volume change) 

or excessive distortion (shape change). Only two 

intrinsic material properties are required to 

characterise these failures, based on the first strain 

invariant (dilatation) and the second deviatoric strain 

invariant. 

In the approach defined by Pipes and Gosse [2], 

laminate strains are dehomogenised to give 

representative strains in the composite constituents 

using enhancement factors derived from the 

micromechanical analysis of fibre-matrix unit cells. 

Critical values are defined for the dilatational and 

distortional invariants for the resin using 90 degree 

and 10 degree unidirectional off-axis test specimens 

respectively. 

Critically, validation of the theory has been provided 

by Sul et al. [3] by reproducing the failure modes in 

molecular dynamics simulations completely 

independently of experimentally derived approach of 

Pipes and Gosse. Recent developments include 

refinements of the testing procedures that are used to 

define the critical invariants and the use of 

submodelling to dehomogenise the strains. 

The research has shown that the shear-bending 

coupling that occurs in the off-axis specimens can be 

alleviated by using high aspect ratio 14:1 specimens 

and bonding tabs to the specimens so that failures 

initiate outside the grips. Unidirectional specimens 

are used because the onset of damage and final 

failure occur at the same test strain. The invariants 

are then sampled on the actual failure surface in the 

finite element analysis used to back out the critical 

invariants. 

In the recent work [4-6] the use of enhancement 

factors (previously strain amplification factors) to 

dehomogenise the strains is validated by a 

micromechanical submodelling approach. This 

method embedded micromechanical models within 

the simulation domain such that critical strains in the 

constituents could be directly extracted from one 

simulation. The benefit of the direct 

micromechanical approach is most apparent for 

preliminary studies which may cover a variety of 

material options and/or sensitivity and parameter 

studies. In these cases the direct approach is more 

computationally efficient as it removes the 

computational repetition required to construct the 

enhancement factor matrix [7]. 

In this paper the application of Onset Theory to 

specimens manufactured from plain weave fabric 

plies will be described. The approach involves two 

levels of dehomogenisation – from the laminate to 

individual tows in the fabric plies, and then from the 

tows to strains in the fibre and resin at the fibre 

level. The development of an approach to 

characterise the growth of the damage into micro-

cracks and failure at the laminate level will be 

briefly introduced. 
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2  Review of the Onset Theory 

2.1 Strain Invariants 

Onset Theory is a recent development for glassy 

polymers constrained by fibres in structural 

composites. The theory simply posits that the 

constrained polymer will fail when subjected to 

excessive deformation; either through excessive 

volume change (dilatation) or excessive shape 

change (distortion). This fundamental property of 

polymer materials is based heavily in 

thermodynamic theory and has been confirmed by 

atomistic simulation of polymers [3]. 

To quantify dilatation and distortion, strain 

invariants are used, related to the fundamental 

invariants of the strain tensor. The dilatational 

invariant is equal to the first strain invariant, J1, and 

is shown in Equation 1. The distortional invariant is 

equal to the square root of the second deviatoric 

strain invariant, J2
’
, and is shown in Equation 2. 
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Irreversible behaviour is predicted to occur when 

either the dilatational or distortional strain invariant 

at any location in the resin exceeds the 

corresponding critical value, dil,crit or  dis,crit. The 

two critical strain invariants are considered intrinsic 

material properties. 

2.2 Effect of Temperature 

Onset theory explicitly accounts for the thermal 

residual strains present in constrained resin by only 

evaluating strain invariants using elastic strains; 

those which are compatible with the stress tensor 

through Hooke’s Law, as shown in Equation 3. 

i ij jS 
 (3) 

For a fully constrained 3D element of resin 

subjected to a positive temperature increment, T, 

the principal elastic strains are given by Equation 4. 

1,2,3 T   
 (4) 

where:  

 Linear coefficient of thermal 

expansion (CTE) for the resin

 
 

Therefore, strain due to the thermal shrinkage of free 

resin does not lead to failure. On the other hand, 

shrinkage of constrained resin, such as that 

constrained by fibres, leads to a non-zero elastic 

strain tensor, which can lead to failure. All strain 

tensor terms shown in this paper are taken from the 

elastic strain tensor. 

2.3 Dehomogenisation 

An important feature of the onset theory is the 

dehomogenisation process of the composite 

structure. This allows determination of the 

components of the strain tensor field within the 

matrix phase and fibre phase [2] and enables damage 

prediction within a complex structural domain, such 

as the random distribution of fibres and resin shown 

in Fig. 1 (a). With this process, the thermal residual 

effect due to the thermal contraction mismatch of 

fibre and resin is also taken into account. 

Two Representative Volume Elements (RVEs) are 

used to account for the distribution of fibres and 

resin within the composite, shown in Fig. 1 (b). The 

justification and validation of this approach is given 

in [7]. 
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NEW DEVELOPMENTS IN ONSET THEORY ON ONSET FOR RESIN 

FAILURE IN FIBRE REINFORCED COMPOSITES 

 

Fig. 1. (a) Realistic distribution of fibres and resin within 

a composite and (b) Idealised Representative Volume 

Elements (RVEs) with the same volume fraction (Vf). 

A series of critical points, k, are used as sampling 

points within the RVE. At each point a matrix of 

enhancement factors, ijM , is generated which relates 

the internal strain tensor term, i, to the externally 

applied unit strain tensor term, j. A thermal strain 

vector, 
iA , relates the internal strain tensor term, i, 

to a unit temperature differential applied to the 

model. 

Algorithmically, the dehomogenisation process can 

be expressed for laminates made from unidirectional 

plies as follows: 

1. Analyse a continuum model with mechanical 

load to define the elastic strains, 
M

, in the plies.  

2. Analyse the continuum model with free 

boundaries but ΔT= T-Tcure to define the elastic 

strains, 
T
, in the plies due to the cure process.   

3. Superimpose the elastic strains, apply the strain 

enhancement factors and add the cure strains 

due to the fibre and resin mismatch, as shown in 

Equation 5. 

 k k M T k

i ij j j i T   ε M ε ε A  (5) 

where:  

th

th
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 Micro-elastic strain tensor at the k  

point in the RVE
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With the aid of micromechanical enhancement, a 

detailed assessment of irreversible deformation is 

possible beyond the homogenous deformation state 

[2, 7]. Damage onset within the matrix phase is 

predicted when Equation 6 is satisfied. 

, ,

max , 1dil dis

dil crit dis crit

 

 

 
  

 

 (6) 

Damage onset within the fibre phase is not 

addressed in this paper. 

3  Evaluation of Critical Strain Invariants 

for Resin Failure 

As was summarised in the previous section, the 

onset of the matrix/resin failure can be conducted 

when the critical dilatational and distortional strain 

invariants are known. As the deformation of the 

matrix in real unidirectional laminates is constrained 

by the fibres, the ideal method is to achieve the 

constrained strain state in a neat resin test and 

extract the critical strain invariants. However, this is 

a difficult problem and is still under investigation.  

An alternative approach has been adopted to extract 

the critical invariants for the resin failure that was by 

using unidirectional composite tensile tests and then 

their corresponding finite element analysis. A set of 

different off-axis unidirectional tests from 10° to 90° 

to generate critical values of strain invariants for the 

matrix has been proposed by Pipes and Gosse [2]. 

The 0° specimen was omitted as it will fail in the 

fibres. Based on these tests and normalised 

distortional and dilatational invariants, 10° specimen 

(a) 

(b) 
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provides the critical invariant for distortional 

behaviour while the 90° specimen determines the 

critical invariant for dilatational deformation. This 

approach was successfully applied by Tran et al. [6] 

on a different material and was able to determine the 

onset of resin failure of the material. 

In this paper, the critical invariants required for the 

fabric architectures and damage progression in the 

subsequent sections was based on T800s/3900-2 

specimens. The dimensions of the specimens are 252 

mm length, 19.05 mm width and 5.8 mm thickness. 

In this evaluation, only 10° and 90° specimens were 

utilised for the off-axis uniaxial tensile tests. A 

MTS810 uniaxial hydraulic testing machine with 

capacity of 100 kN was utilised with surfalloy 

wedges to reduce specimen failure in the grips 

section. Material properties of T800s/3900-2 are 

given in Table 1 and were applied in the finite 

element analysis to determine the critical strain 

invariants. 

Table 1. Material properties of T800s fibre and 3900-2 

resin with fibre volume fraction=60%. 

Properties T800s 3900-2 

E1 (GPa) 303 3.3 

E2 (GPa) 15.2 3.3 

E3 (GPa) 15.2 3.3 

G12 (GPa) 9.65 1.22 

G23 (GPa) 6.32 1.22 

G13 (GPa) 9.65 1.22 

ν12 0.2 0.35 

ν 23 0.2 0.35 

ν13 0.2 0.35 

α11 (/°C) 0 57.6 x10
-6

 

α 22= α33 (/°C) 8.3 x10
-6

 57.6 x10
-6

 

The critical dilatational and distortional strain 

invariants were found to be 22500  and 119000  

respectively. 

4  Fabric Architectures 

4.1 Fabric Modelling 

The new work in this paper includes an extension of 

onset theory to fabric architectures. Continuum 

laminate strains are dehomogenised to define local 

strains in the tow architecture of the fabric. This will 

be achieved using meso-mechanical RVE cell 

analysis in which the resin and tows are modelled as 

continua, as shown in Fig. 2. In this paper, the 

materials applied for the tows and resin are 

T300/3900-2 lamina and 3900-2 epoxy respectively 

and their corresponding material properties are given 

in Table 2. 

 

 

 

Fig. 2. (a) RVE cell, (b) tow and (c) resin part of the 

meso-mechanical unit cell model for strain 

dehomogenisation. 

(a) 

(b) 

(c) 
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Table 2. Material properties of T300/3900-2 lamina for 

tows and 3900-2 for resin. 

Properties T300/3900-2 

lamina 

3900-2 Epoxy 

resin 

E1 (GPa) 135 3.3 

E2 (GPa) 8 3.3 

E3 (GPa) 8 3.3 

G12 (GPa) 5 1.22 

G23 (GPa) 2.76 1.22 

G13 (GPa) 5 1.22 

ν12 0.25 0.35 

ν 23 0.44 0.35 

ν13 0.25 0.35 

α11 (/°C) 1.05X10
-7

 57.6 X10
-6

 

α 22= α33 (/°C) 32X10
-6

 57.6 X10
-6

 

The material properties were applied along the local 

axis of the tows to retain the accurate orthotropic 

behaviour during the cell analysis. The volume 

fraction of the tows to the unit cell is 55.62%. The 

dimensions of the unit cell are 1.363 mm length, 

1.363 mm width and 0.25 mm height to represent 

one layer thickness. The tow’s major and minor axis 

ratio is set to be 12:1, where the minor axis diameter 

is 0.1 mm. In the experimental tensile test conducted 

in this project for this material, the failure strain was 

1.3%. This strain was applied perpendicular to the 

surface perpendicular to x-axis. The other surfaces 

were constrained to remain planar with no net 

normal reaction force to represent symmetric free 

contraction boundaries. 

Fig. 3 and Fig. 4 show the contour plots of 

dilatational and distortional invariants of the unit cell 

model respectively, where these results were 

represented using the separate tows and resin 

entities. The maximum dilatational and distortional 

invariants were located along the slender edge of the 

transverse tows. The maximum dilatational invariant 

was 26488 με and occurred directly adjacent to the 

large resin volume in the centre of the model. 

Meanwhile, the maximum distortional invariant was 

25854 με and was located in the region where the 

tows overlapped each other. In the tows, the 

maximum dilatational invariant was near the centre 

region of the RVE cell while the maximum 

distortional invariant was located within the bulk of 

the transverse tows in the overlapping region.  

These critical locations in the RVE cell were 

dehomogenised and the maximum dilatational 

invariant was found to be 41500 με and the 

maximum distortional invariant was 40500 με. In 

this case failure is predicted to occur through 

dilatation within the transverse tow volume. This 

agrees with existing evidence for the location of 

micro-cracking in fabrics however a direct 

comparison predicted failure strain has not been 

attempted. 

 

 
Fig. 3. Dilatational invariant of the RVE cell model with 

(a) tows and (b) resin entities. 

 

 

Fig. 4. Distortional invariant of the RVE cell model with 

(a) tows and (b) resin entities. 

 

(a) 

(b) 

(a) 

(b) 
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4.2 Fabric Dehomogenisation Process 

A bi-level fabric dehomogenisation process is 

proposed for fabric modelling. The continuum 

strains will be dehomogenised using fabric RVE 

models with continuum tow material. The tow 

material will be further dehomogenised using RVE 

models of UD material. 

 

Fig. 5. Two level dehomogenisation required to 

apply onset theory to fabric parts 

The link between the length scales can be achieved 

with embedded submodels however this is 

computationally very inefficient. The methodology 

proposed here is to extend the Onset Theory 

approach to UD materials, which uses enhancement 

factors at chosen critical locations. 

The new formulation for the strain within the tow 

will be given by Equation 6. 

 kl k l l k

i ij ij j T T    ε M M ε A A  (7) 

where all symbols have their previous meaning with 

k representing a selected critical sampling point 

within the UD RVE model and l representing a 

selected critical point within the tows of the fabric 

RVE model. 

This formulation is under development and has not 

yet been tested. A key challenge is the selection of 

critical locations in the fabric unit cell which will 

capture the majority of critical strain cases for an 

arbitrary continuum strain, εj. 

5  Damage Progression 

A damage progression algorithm based on Onset 

Theory and an element elimination method has been 

developed by Tay et al [8]. A similar algorithm is 

being developed here using a sub-model embedded 

in a global analysis as shown in Fig. 6. The sub-

model is a microscopic three-dimensional fibre-resin 

model that attempts to follow the growth of damage 

following initiation at the micro-mechanical level 

predicted by the strain invariants. Displacements 

from the global analysis are applied to the 

boundaries of the sub-model. 

 

Fig. 6 Three-dimensional submodel for damage 

progression. 
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The algorithm evaluates the dilatational and 

distortional invariants at the centre of each element. 

The properties in elements that have exceeded the 

critical values are reduced before returning to repeat 

the analysis. If the damage coalesces into a micro-

crack the growth can be contained by the fibre 

architecture. The algorithm also evaluates the strain 

energy release rate in order to provide a measure that 

can be used to limit the growth of cracks that are not 

constrained by the fibres.  

The algorithm has been applied to follow the history 

of damage developing in a specimen manufacture 

from T800/3900-2 unidirectional tape with the layup 

02/904/02. This problem has been investigated by 

several authors, the paper by Nairn [9] being typical 

of the work that has been done.  The analysis 

predicts that under axial load transverse cracks will 

develop in the 90°
 

layers that will exhibit a 

characteristic spacing. The axial strain shown in Fig. 

7(a) is relieved by the presence of the crack and 

there is a gap before the strain is restored to pre-

crack levels by the requirement for compatibility 

with the 0° layer.  Experimental results indicate that 

cracks first appear in the 90° plies at an average 

axial strain of 5000  . At higher strains intermediate 

cracks appear until the spacing reduces to an average 

spacing of about 1 to 1.5 times the thickness of the 

central 90° tow region as shown in Fig. 7(b).  

Application of the new algorithm showed no 

initiation of microcracks (the dilatational invariant 

was everywhere less than the critical value) for an 

average axial strain of 4500     . The first crack 

appeared for an axial strain of 5000    . The crack 

growth extended across the width of the 90° plies 

and arrested (the dilatational invariant fell below the 

critical value) on the boundary with the 0° plies. The 

submodel was then moved so that the initial crack 

was on the left-hand boundary. A second crack 

initiated at 6000    , extended across the 90° plies 

and again arrested. A third crack formed mid-way 

between the first two cracks when the average axial 

strain was raised to above 7000   . No further crack 

initiation occurred even though the axial strain was 

raised to the average strain for two-piece failure of 

the specimen.  

The Scanning Electron Microscopy (SEM) image in 

Fig. 8 also reveals that the cracks grow on the 

interface with the fibre and finger shaped 

microscopic cavitations can grow in the resin 

perpendicular to the fibre axis. These finger cracks 

then coalesce into the primary fracture surface 

extending parallel to the fibre axis. 

The new algorithm is being applied to a refined 

model of fibre and resin to investigate this initial 

phase of crack growth. Initial results indicate the 

damage grows on the surface of the fibre parallel to 

the final fracture surface before bridging the gap 

between the fibres across a bridge that could be 

interpreted as leading to a finger crack. 

 

(a) 

 

(b) 

Fig 7. (a) Axial strain distribution leading to cracks and 

(b) equally spaced transverse cracks in 02/904/02 

T800/3900-2 tape specimen. 

 

Fig. 8. Damage growth at a microscopic level. SEM 

image of finger cracks near surface of a T300/Cycom970 

specimen. 
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6 Conclusion 

Onset Theory for the prediction of the onset of 

failure in unidirectional composite laminates has 

been well established. This paper extends the 

application of Onset Theory to the prediction of 

damage initiation sites in composite fabrics and also 

the micro/macroscopic progression of damage 

within a heterogeneous fibre-resin system.  

The application to laminates manufactured from 

fabric plies required two levels of dehomgenisation. 

The first from the laminate to the fabric tow will 

depend on the architecture of the fabric with 

different unit cell models required for plane weave 

and satin weave, for example. The second level of 

dehomogenisation to the fibre/resin level requires 

the properties of the fibre and resin and includes the 

fibre volume fraction of the fibre in the fabric tow. 

Future work will involve an experimental 

investigation of damage development in fabric 

specimens that will permit the location and strain 

levels, at which the microcracks develop, to be 

compared with the theoretical predictions.  

The work on damage progression is new and the 

current methodology is intended to predict the initial 

growth of the damage. A methodology will need to 

be developed to create a crack in the global model 

following the development of damage at the 

microscopic level to allow the simulation to be 

extended to the laminate level.  
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1 Introduction  
Impact properties as well as tensile strength of 

carbon/epoxy composites were found to be 

improved by through-thickness reinforcement using 

Vectran
®
 stitch thread [1,2]. Schematic of the so-

called stitched composites used in Refs. [1,2] is 

shown in Fig. 1.  

 

Bobbin 

thread

y

x

Spacing, s

Pitch, p

z

Stitch 

knot
Preforms

Needle 

thread

 
 

Fig. 1. Schematic of stitched composites 

 

Because aircraft structures are inevitably subjected 

to compression loading, the compressive behavior of 

composites is generally of great importance. When 

stitched composites are considered as a candidate 

materials in aircraft structures, a serious concern has 

particularly been given to their compressive 

behaviour. Response of stitched composites under 

compression has been studied for about twenty 

years, but diverse conclusions were noted. Several 

researchers found that stitching does not alter 

compression properties of composites [3-6]. Others 

found that stitching could improve compression 

properties [7]. However, in most cases stitching 

reduces compression strength of up to 55% 

depending on the type of composite system, 

stitching parameters and fixtures [8-10]. The 

changes of compression properties are related to the 

failure mechanism: fiber kinking is the principal 

damage mode, whilst fiber waviness angle is a 

predominant factor [11-13]. However, no work has 

been done to describe the actual sequence of 

compression failure in stitched composites, and 

thence, the correlation between failure mechanism 

and compressive strength reduction has not been 

revealed.  

 

This paper presents an experimental investigation to 

obtain compressive strength (σuc) of Vectran-

stitched carbon/epoxy composites with varying 

stitch density and stitch thread thickness. Stitch 

density and stitch thread thickness (thread diameter) 

are two important parameters in stitching. Damage 

mechanisms in unstitched and stitched composites 

under compression are captured and compared in 

details. 

 

2 Experimental details 
 

2.1 Materials 
Carbon and epoxy used in this experiment are 

T800SC-24kf and Denatite
®
 XNR6813/XNH6813, 

respectively. Stitch material is Vectran
®
 HT. Stitch 

density (SD; number of stitch per unit area) is 0.028 

mm
-2

 (‘stitched 6x6’) and 0.111 mm
-2

 (‘stitched 

3x3’). Stitch thread thickness is 200 denier (200d) 

and 400 denier (400d). In all, five types of 

specimens are prepared: 

  

• Unstitched (SD = 0.0, Vs = 0.0%) 

• Stitched 6x6 200d (SD = 0.028 mm
-2

, Vs = 

0.088%) 

• Stitched 6x6 400d (SD = 0.028 mm
-2

, Vs = 

0.175%) 

• Stitched 3x3 200d (SD = 0.111 mm
-2

, Vs = 

0.350%) 
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• Stitched 3x3 400d (SD = 0.111 mm
-2

, Vs = 

0.700%) 

 

Vs denotes stitch content. Vf of specimens ranges 

between 52.6- 54.3%. Thickness of specimens is 

around 4.1 mm.  

 

2.2 Test specimen 
The dimension of test specimen is 80 mm long and 

15 mm wide. The specimen can be seen in Fig. 2. 

Test specimen is prepared by cutting the cured plate 

using water-cooled cutting machine AC-400CF. 

After cutting process, edges of the specimen are 

polished using abrasive rotating sandpapers with 

following roughness levels: rough (grit #500), 

moderately smooth (grit #1000) and very smooth 

(grit #1200). Gage area in compression test 

specimen is 10 mm long and 15 mm wide. 

Longitudinal and transverse strain gages (Kyowa) 

denoted as SG1 and SG2 are attached on front and 

back faces of specimen, respectively. 

 

 
 

Fig. 2. Compression test specimen 

 

2.3 Test fixture and procedures 

 
NAL-II fixture is used in present compression test. It 

is selected because experimental results obtained 

utilizing NAL-II are reliable, repeatable and similar 

to those obtained by well-known standards of SRM-

1 (SACMA) and ASTM D6641 (CLC) [14]. The 

specimen size compatible with NAL-II is also 

relatively small. Another advantage of NAL-II is 

that the specimen does not require end-tabs since the 

fixture already provides metal supports that give 

sufficient clamping effect.  

 

 
 

Fig. 3. (a) NAL-II compression test fixture, (b) pre-

test alignment apparatus, (c) compression test setup 

 

Fig. 3a shows NAL-II fixture, which consists of two 

main parts, namely the support and alignment collar. 

The support consisting of two components (Support-

1, Support-2) is used to clamp the specimen at both 

ends, to provide base support, and to prevent 

brooming of specimen ends. In each support, four 

screws are used to clamp the specimen, specifically 

in gripping areas. After the specimen has been 

clamped, the alignment between Support-1 and 

Support-2 is checked. This alignment process is 

done by pre-test alignment apparatus shown in Fig. 

3b. Before the pre-test alignment process, the screws 

are not heavily tightened to allow a smooth entrance 

into the alignment apparatus. When both supports 

have been aligned, screws are tightened within the 

alignment apparatus. Afterwards, specimen and the 

supports are taken out from pre-test alignment 
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apparatus, and inserted into the alignment collar. 

The collar contains two windows with rounded 

corners. These windows provide access for strain 

gage cables and for visual observation of specimen 

during compression test. 

 

Compression test is carried out using Instron 4505 

and its renewed system of 5500 with maximum load 

cell capacity of 100 kN. Test setup utilizing NAL-II 

fixture on Instron 4505 is shown Fig. 3c. Loading 

rate applied during compression test is 1 mm/min. 

Environment setting is set at room temperature of 

20°C. Computer terminal is used to register load and 

displacement data. Stress is obtained by dividing the 

load with gross area of specimen (width x 

thickness). Strains are obtained from SG1 and SG2 

strain gages. For each specimen type, three to five 

test samples are tested to obtain compressive 

strength.  

 

2.4 Damage characterization procedures 
 

Damage characterization was carried out by 

conducting interrupted test and optical microscopy 

on specially designed test specimens. The objectives 

are:  

 

• to capture the damage process 

• to have a comparative overview of damage 

mechanisms between unstitched and stitched 

composites under compression 

 

One of the damage mechanisms in composites under 

compression is fiber kinking, which generally occurs 

in 0° fibers. Fiber kinking is generally triggered by 

initial fiber waviness and shear yield stress of 

matrix. In order to capture the development of fiber 

kinking and subsequent damage modes, a specially 

designed test specimen that clearly exhibits internal 

part of 0° tow (to capture fiber splitting and fiber 

kinking), resin-rich region and stitch thread is made 

to aid the damage observation. This test specimen is 

called damage observation specimen, and the 

process to produce such specimen is shown in Fig. 

4a.  
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Fig. 4. (a) Process to produce damage observation 

specimen, (b) trimmed surface of gage area in 

damage observation specimen 

 

To produce damage observation specimen the upper 

part of original compression test specimen is firstly 

trimmed in in-plane direction (x-y plane) up to a 

level whereby upper 0° tow is approximately cut 

into half. The trimming process is carried out using 

water-jet cutting machine (Maruto). After trimming 

process, two edges and front face of gage region are 

polished three times using abrasive rotating 

sandpapers starting from rough (grit #500), 

moderately smooth (grit #1000), and finally, very 

smooth (grit #1200). After polishing process, 

thickness of specimen that is originally around 4.1 

mm becomes thinner. Thickness among damage 

observation specimens varies depending on the 

position of 0° tow relative to the back face of 

specimen that is between 3.1 to 3.4 mm. Fig. 4b 
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shows an example of front face of stitched specimen 

after trimming process that exhibits 0° tow, stitch 

threads and resin-rich region. Using such specimen, 

damages appeared in 0° tow, resin-rich region and 

stitch thread upon compression can be observed 

using microscope. However, it should be mentioned 

that by reducing the thickness of the specimen the 

maximum compressive load would be reduced. 

Thus, the maximum compressive load of damage 

observation specimen would be lower than that of 

compression test specimen. It is also noteworthy that 

damage observation specimen is non-symmetrical, 

which means that failure may initially occur in the 

front face of 0° tow.  

 

Five samples are prepared for damage observation 

specimens representing five specimen types. 

Damage observation specimen is then inserted into 

NAL-II fixture. Interrupted test is carried out with 

loading rate of 0.5 mm/min. The test is periodically 

stopped at several load levels before final failure 

occurs. In each level, the specimen is taken out from 

the machine, and optical microscopy is performed 

on the specimen. Damages appeared in the front face 

and edges of the damage observation specimen are 

captured and noted. 

 

3 Results and discussion 

 

3.1 Compressive strength 

 

Generally, compressive strength of stitched 

composites is relatively lower than that of unstitched 

composites. Average compressive strength of 

unstitched carbon/epoxy is 453 MPa, while that of 

stitched 6x6 200d, stitched 6x6 400d, stitched 3x3 

200d and stitched 3x3 400d is 390 MPa, 395 MPa, 

416 MPa and 408 MPa, respectively. Largest 

reduction of 13.9% is experienced by stitched 6x6 

200d. 

 

3.2 Failure mode 

 
Failure of stitched and unstitched composites is 

catastrophic. The failure is characterized by the 

fracture of 0° tows, which is usually preceded by 

fiber kinking. Other failure modes also exist: 

delamination at the interfaces of (0°/-45°) and (-

45°/0°); delamination adjacent to the fractured 0° 

tows at specimen edge; matrix cracking in 90°, +45° 

and -45° tows (see Fig. 5). 

 

 
 

Fig. 5. Failure characteristics under compression 

 

 

 

 
 

Fig. 6. Fiber kinking in 0° tow (a) photomicrograph, 

(b) schematic 

 

Fiber kinking may initiate at the location whereby 

maximum fiber waviness exists. Mechanism of fiber 

kinking in 3-D composite system has been described 

by Tong et al. [15]. Upon compressive loading, 

kinking will start to appear when the matrix around 
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misaligned fibers is undergoing plastic yielding. 

This matrix yielding allows a portion of fibers 

within 0° tow to rotate in parallel, which eventually 

causes fiber fracture over two planes. Characteristics 

of fiber kinking found in present experiment are 

shown in Fig. 6a, whereby a band of 0° fibers is 

broken. Schematic of fiber kinking drawn based on 

Fig. 6a is shown in Fig. 6b. Parameters in fiber 

kinking are identified as kink band width and kink 

angle. In Fig. 6b, kink band width is approximately 

40 µm, whilst kink angle is 25°. The magnitude of 

kink band width may vary depending upon the 

thickness of fiber tow and the degree of waviness. 

 

3.3 Damage mechanisms in unstitched composites 
 

Damage progression in unstitched composites, as 

observed from front face of damage observation 

specimen is described in this section. Unstitched 

specimen used for damage observation has a 

thickness of 3.303 mm and width of 14.85 mm. 

Before the test is started, images of specimen are 

taken using optical microscope. The test is then 

carried out, and stopped at several stress levels: 249 

MPa, 309 MPa, 363 MPa, 367 MPa, 388 MPa and 

368 MPa (final failure). At each level, images of 

edges and front face are captured. Examples of 

image in unstitched composites under compression 

are shown in Fig. 7, specifically at 363 MPa, 367 

MPa and 368 MPa (at failure).  

 

At 363 MPa, several fiber splittings started to appear 

in 0° tow. No fiber kinking is visibly observed in the 

specimen at this stress level. This implies that fiber 

splitting is the earliest damage mode preceding the 

fiber kinking. When the load is increased to 367 

MPa, the length of fiber splitting immediately 

increased reaching the boundary of clamping region 

(indicated by horizontal white marker). At the same 

time, fiber kinking rapidly develops across the width 

of specimen. Final failure occurs at 368 MPa.  

 

In summary, the damage process in unstitched 

composites follows this sequence: fiber splitting � 

delamination � fiber kinking � final failure 

(rupture of all fibers, fiber kinking, extensive 

delamination, shear fracture). 

 

Fiber 

splitting

Fiber kinking

367 MPa

368 MPa

363 MPa

Fiber 

splitting

 
 

Fig. 7. Damage progression in unstitched composites 

(failure occurs at 368 MPa) 

 

 

ICCM19 5563



3.4 Damage mechanisms in stitched composites 

 

For stitched composites (in this case, stitched 3x3), 

the test is stopped six times at several stress levels of 

218 MPa, 260 MPa, 287 MPa, 299 MPa, 324 MPa 

and 323 MPa (final failure). Fig. 8 shows three 

examples of damage sequence in stitched 

composites at stress level of 260 MPa, 299 MPa and 

323 MPa.  

 

At 260 MPa, damage starts to appear in the form of 

resin cracking in the resin-rich regions. This resin 

cracking could be initiated by the voids in the resin-

rich region. When the stress reaches 299 MPa, fiber 

splittings appear. Resin cracking and fiber splitting 

would interact with fiber kinking that spans across 

the width of 0° tows. At 323 MPa, specimen fails, 

and final failure is characterized by debonding of 

stitch threads from the surrounding matrix. Fracture 

of 0° tows also becomes very apparent, and collapse 

of overall specimen is inevitable. It is important to 

note that in stitched composites, the waviness 

around resin-rich region triggers the formation of 

resin cracking and fiber splitting, which eventually 

prompt the principal failure mode under 

compression, i.e. fiber kinking. 

 

In summary, the damage process in stitched 

composites, follows this sequence: cracking in resin-

rich region near stitch thread � fiber splitting � 

delamination � fiber kinking � final failure 

(rupture of all fibers, fiber kinking, extensive 

delamination, shear fracture, stitch debonding).  

 

 

 
 
Fig. 8. Damage progression in stitched composites 

(failure occurs at 323 MPa) 
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3.5 A comparative overview of compressive 

failure in unstitched and stitched composites 
 

A comparative overview based on the damage 

characterization is given in Fig. 9. This overview 

emphasizes that in stitched composites damage starts 

as early as 80% of σuc in the form of cracking in 

resin-rich region, which could be induced by the 

voids in resin-rich region and the interface between 

stitch thread and surrounding matrix. This crack 

induces fiber splitting, fiber kinking and 

delamination at 92% of σuc. Fiber splitting and fiber 

kinking develop near the flanks of resin-rich pocket 

due to the high shear stresses at the most ‘wavy’ part 

of 0° tows. In unstitched composites, the earliest 

damage was fiber splitting that occurred at later 

stage, i.e. 94% of σuc. After fiber splitting, fiber 

kinking and delamination develop in both unstitched 

and stitched composites, final failure ensues. Based 

on this overview, it is evident that the lower strength 

exhibited by the stitched composites is initiated by 

the cracking in resin-rich region that interacts with 

fiber splitting induced by the waviness of 0° tows,  

which is followed by fiber kinking and early 

catastrophic failure. 

 

 

 
 
Fig. 9. A comparative overview of compressive 

failure in unstitched and stitched composites (σuc 

denotes ultimate compressive strength) 

 

 

4 Conclusions 

 

Experimental investigation was performed to study 

the effect of stitch density and stitch thread thickness 

on compressive strength and damage mechanisms in 

carbon/epoxy composites. Stitching generally 

reduces compressive strength of carbon/epoxy with 

maximum reduction of around 14%. Mechanism 

responsible for the lower compression strength in 

stitched composites is investigated by conducting 

interrupted test. The damage characterization reveals 

that in stitched composites damage initiates from 

resin-rich region at relatively lower compression 

stress. The damage may be generated from the void 

within the matrix, or debonding between stitch 

thread and surrounding matrix. When the crack is 

interacting with fiber splitting developed near the 

wavy fibers, fiber kinking rapidly grows and causes 

catastrophic failure in stitched composites. On the 

other hand, the earliest damage mode found in 

unstitched composites is fiber splitting, which occurs 

at later stage in comparison to cracking in resin-rich 

region of stitched composites. The fiber splitting is 

followed by the fiber kinking and collapse of the 

whole specimen. It is concluded that the 

compressive strength reduction stems from the 

existence of processing irregularities, i.e. resin-rich 

region. Therefore, minimizing the size of resin-rich 

region (e.g. by using smaller diameter yet stronger 

thread) may also helps to improve or maintain 

compressive strength of stitched composites.  
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1 Introduction  

High performance polymeric composites have been 

applied to airframe structure due to their high-

specific strength and high-specific stiffness. In 

accordance with requirements of speed and altitude 

of an supersonic aircraft, it is estimated that airframe 

surface is heated to 180 °C or more by aerodynamic 

heating. In addition, like a structure of a fighter 

aircraft which carries the engine in a fuselage, the 

airframe is exposed to high temperature by radiation 

and heat transfer from the engine. Because of being 

subjected to a static heat loading of several thousand 

hours or more during operation, an evaluation of 

thermo oxidative stability for polymer matrix 

composites (PMCs) is important. In order to 

evaluate the long-term stability of PMCs in high 

temperature environment, long-term exposure test to 

various high temperature atmospheres have been 

conducted, because the long-term performance of 

PMCs at elevated temperature is dictated by thermal 

and oxidative stability of the materials. Therefore, 

many PMCs have been tested on exposure tests at 

high temperatures including polyimide [1] and 

bismaleimide [2] matrix composites. These resins 

have a high glass transition temperature (Tg), thus 

they could endure under high temperature 

environment. Therefore, maximum temperature of 

the cure cycle of both polyimide and bismaleimde is 

higher than that of conventional epoxy resin. If using 

these high Tg resin, manufacturers might need a new 

autoclave to make structural components. For high 

temperature environment usage, curable resin using 

an existing autoclave is useful for airframe structural 

usage. Now we focus on other PMCs, polycyanate 

ester matrix composites, for aircraft main structural 

usage of an aircraft. The polycyanate resin has good 

processability similar to conventional epoxy resin, 

while the Tg is higher than that of epoxy. 

Furthermore the advantage of polycyanate resin is 

low moisture absorption characteristic. Therefore the 

strength reduction due to moisture absorption in a 

high-temperature environment is small. Residual 

open-hole strength due to thermo-oxidative 

degradation is an important parameter for aircraft 

static strength design. The main purpose of this 

study was to evaluate effects of long-term exposure 

to high temperature air on the compressive strength 

for un-notched and notched, and on the tensile 

strength with notch of carbon fiber reinforced 

plastics (CFRP) with polycyanate ester.  

 

2 Test specimens and experimental condition 
Figure 1 shows the geometry of test specimens. 

Test specimens were manufactured with polycyanate 

resin based prepreg system. Reinforcement of the 

prepreg was T700SC carbon fiber. The volume 

fraction of the specimens was approximately 0.56. 

The stacking sequence both non-hole compressive 

(NHC) test specimen and open-hole  compressive 

(OHC) test specimen were [45/0/-45/90]3S, while 

that of the open-hole tensile (OHT) test specimen 

was  [45/0/-45/90]2S. Each test of NHC, OHC and 

OHT was performed in compliance with ASTM D 

6641, ASTM D6484, and ASTM D 5766. Before 

aging, all of the specimens were dried at 110 °C 

under 0.1 atm for 48 hours to remove moisture and 

volatile components. After drying, the specimens 

were cooled to room temperature. Initial weights 

were measured for all specimens before aging. The 

OHC and OHT specimens were exposed at 180 °C 

in air circulating ovens, while the NHC test 

specimens were exposed to 180 °C and 195 °C. 

These specimens were aged up to 1000 hours, with 

the exception of OHT test specimens which were 

exposed up to 1800 hours. During exposure period, 

the weight was measured periodically. Resolution of 

weight measurement is 1mg. When predefined 

exposure times had elapsed, tension/compression 

tests were conducted. Strength test of NHC and 
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OHT conducted at room temperature. Only OHC 

tests were conducted at 180 °C because of the most 

severe case. Test speed was 1mm/min. Three 

specimens were tested for each condition [3].  

 

 
 

 

 

 

(a) NHC 
 

 

 

 

 

 

(b) OHC 
 

 

 

 

 

 

 

(c) OHT 

 

Fig. 1. Shape of test specimens. 

 
 

Table 1. Exposure condition at each strength test. 

 
 

at RT at  180 ºC

NHC Non-aged 3 -

NHC 100 hours aged at  180 ºC 3 -

NHC 1000 hours aged at  180 ºC 3 -

NHC 100 hours aged at  195 ºC 3 -

NHC 1000 hours aged at  195 ºC 3 -

OHC Non-aged - 3

OHC 1000 hours aged at 180 ºC - 3

OHT Non-aged 3

OHT 1800 hours aged at 180 ºC 3

The number of specimen

for each strength test

condition
Exposure condtition

 

*RT means room temperature. 

 

 

 

 

3 Results and discussion 

3.1 Weight change 

Figure 2 shows the comparison of the % weight 

loss of polycyanate composite specimens for the 

thermally aged at 180 °C and 195 °C. As expected, 

the weight loss at 195 °C was more larger than that 

of 180 °C.  Figure 3 shows the comparison of 

the % weight loss for NHC, OHC, and OHT test 

specimens at 180 °C. During the first exposure 

period for OHT test specimens, % weight increased 

slightly. It had been reported that the weight of 

some epoxy laminate systems increase during 

initial aging period [4]. It is due to two competing 

reactions such as oxygen uptake which leads to 

weight gain and chain scission.  
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Fig. 2. Comparison of % weight loss between 

180 °C and 195 °C for NHC. 
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Fig. 3. Comparison of % weight loss for each 

specimen at 180 °C. 
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3.2 NHC test 

The NHC strength tests were studied at room 

temperature after aging at 180 °C and 195 °C for 0, 

100 or 1000 hours. Figure 4 shows stress-strain 

curve that compares 0 (non-aged) to 1000 hours at 

180 °C. No difference was observed for initial 

Young’s modulus. Young’s modulus for non-aged 

was 44.9GPa, and the other one for 1000 hours was 

43.5GPa. Figure 5 shows stress-strain curve that 

compares 0 (non-aged) to 1000 hours at 195 °C. In 

the case of 195 °C, Young’s modulus was same 

tendency comparing to no-aged and 195 °C. 

Young’s modulus for 195 °C and 1000 hours aging 

was 43.0GPa. On Young’s modulus, there is little 

effect of thermal exposure until 1000 hours. Figures 

6 and 7 show stress - strain curve that show the 

region less than - 400MPa for each Figs. 4 and 5. 

Respectively load decrease was appeared before 

final failure of specimens. Figure 8 shows the effects 

of aging period and temperature on the stress of the 

first load decrease point. These load decrease were 

generated by some damages such as matrix crack or 

small fracture of specimen. The stress of the first 

load decrease point for all aging periods, at both 

180 °C and 195 °C were increased by approximately 

4 to 8 %. Figure 9 shows the effects of aging period 

and temperature on NHC strength. Compressive 

strength of specimens for all aging periods, at both 

180 °C and 195 °C increased by approximately 4 to 

6 %. Same tendency was observed on percent 

strength increase and percent stress increase of the 

first load decrease point.  This would be caused by 

post curing effect of matrix. Compressive strength 

had increased within the first 100 hours for these 

exposure conditions, and did not change up to 1000 

hours for these exposure temperatures. Figure 10 

shows the failure mode that was not changed with 

aging time and exposure temperature. Failure mode 

of all exposure condition for NHC test was kinking 

in middle of gage section.    
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Fig. 4. Stress-strain curve that compares 

0 (non-aged) to 1000 hours at 180 °C for NHC. [3] 
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Fig. 5. Stress-strain curve that compares 

0 (non-aged) to 1000 hours at 195 °C for NHC. [3] 
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Fig. 6. Stress-strain curve less than -400MPa that 

compares 0 (non-aged) to 1000 hours at 180 °C for 

NHC. [3] 
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Fig. 7. Stress-strain curve less than -400MPa that 

compares 0 (non-aged) to 1000 hours at 195 °C for 

NHC. [3] 
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Fig. 8. Stress of the first load decrease point 

 for NHC. [3] 
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             Fig. 9. NHC strength. [3] 

 

 

 

 

 

(a) Non-aged 

 

 

(b) 180 °C, 1000 hours aged 

 

(c) 195 °C, 1000 hours aged 

 

Fig. 10.  Polycyanate specimens after NHC test, in 

non-aged state and after 1000 hours aging at 180 °C 

and 195 °C.  

180°C 195°C 

180°C 195°C 

10mm 

10mm 

10mm 

Load Decrease 

ICCM19 5570



 

 

3.3 OHC test 

Figure 11 shows stress-strain curves for OHC at 

180 °C comparing non-aged with 1000 hours aged. 

The strength test temperature was 180 °C.  Due to 

strain measurement, an extensometer (Model 

632.11F-20; MTS Systems Corporation) was placed 

around hole of specimen. In order to obtain stress 

value, load was divided by net-section area around 

hole. Similar to NHC, there was little effect for 

stiffness by thermal exposure.  Before final failure, 

no sign such as load decrease was observed. Figure 

12 Shows OHC strength also increased 

approximately 5 % by thermal exposure at 180 °C. 

About the standard deviation of strength, the value 

that were aged at 180 °C and 1000 hours exposure 

were smaller than that of non-aged.  Figure 13 

shows the failure mode that was not changed with 

aging time and exposure temperature. Failure mode 

of all exposure condition for OHC test was laterally 

compressive failure across the center of the hole. 
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 Fig. 11. Stress-strain curve that compares 0  

(non-aged) to 1000 hours at 180 °C for OHC. [3] 
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              Fig. 12. OHC strength. [3] 

 

 
 

(a) Non-aged 

 

(b) 180 °C, 1000 hours aged 

 

Fig. 13.  Polycyanate specimens after OHC test, in 

(a) non-aged state and (b) after 1000 hours aging at 

180 °C. 
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3.4 OHT test 

Figure 14 shows stress-strain curves for OHC 

comparing non-aged with 1800 hours aged. The tests 

were conducted at room temperature. Strain 

measurement was conducted in the same manner as 

OHC. Similarly as NHC and OHC, there was little 

effect on stiffness by thermal exposure. Before final 

failure, there was a sign such as load decrease, but 

there was no difference in stress of the first load 

decrease point between non-aged and 1800 hours. 

Figure 15 shows OHT strength of specimens without 

aging and with aging 1800 hours at 180 °C. The 

tensile strength declined approximately 3 % in 1800 

hours. It appears that the tensile strength had been 

decreased by the thermal exposure effects. About the 

standard deviation of strength, the value that was 

aged at 180 °C and 1800 hours exposure were 

smaller than that of non-aged. Figure 16 shows the 

failure mode that was not changed with aging time 

and exposure temperature.  Failure mode of all 

exposure condition for OHT test was tension failure 

of 0° ply at the hole section with sublaminates 

splitting.  
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Fig. 14. Stress-strain curve that compares 0  

(non-aged) to 1800 hours at 180 °C for OHT. [3] 
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Fig. 15. OHT strength. [3] 

 

 
(a) Non-aged 

 

 
(b) 180 °C, 1800 hours aged 

 

Fig. 16. Polycyanate specimens after OHT test, in 

non-aged state and after 1800 hours aging at 180 °C. 

 

3.5 Microscopic observation 

After 1000 hours exposure, the specimen color 

became brownish tinge. This might be attributed to 

change in the resin of composites. Surface of 1000 

hours aged specimen became rougher which was 

perceived by the sense of touch. Figure 17 and 18 

show microscopic image of surface view of NHT 

specimens for various exposure conditions. Resin 

shrinkage and disappearance appeared with 

increasing exposure time. After 1000 hours exposure, 

matrix crack appeared along the fiber direction near 

the fiber. The specimens exposed at 195 °C (Fig. 18 

(e)) were more severely damaged than those of 

180 °C. Figure 19 shows microscopic images of side 

view of OHT specimens. Figure 19 (a) is non-aged 

specimen. Intra-laminar cracks, delamination and 

transverse cracks appeared. On the other hand, Fig. 

19 (b) shows many transverse cracks in the 90° 

layers of the specimen exposed for 1800 hours. 

Figure 19 (c) shows an enlargement of Fig. 19 (b), in 

10mm 

10mm 

 Non-aged 
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the ±45° layer adjacent to 90° layers, matrix cracks 

were propagated from 90° layers and deflected. In 

1000 hours aged specimens for NHC and OHC tests, 

matrix cracks in the 90° layers were also appeared 

similarly. This matrix cracks might not as a result of 

applied load. Earlier studies on PMR-15/Carbon [2] 

have shown that the material exhibit substantial 

degradation at high temperature in isothermal aging. 

The study showed that anisotropic behavior of 

composite degradation. Degradation occurs at a 

faster rate in cross section that perpendicular to the 

fiber direction than surface along fiber direction. As 

shown in Fig. 16 (b), matrix crack was occurred in 

90° layers. So, thermal oxidative degradation was 

more severe in 90° layers than the other layers. This 

result was same as other PMCs research [1, 2, 4].  

Matrix crack length along fiber direction was 

unknown in this study.  But other research showed 

that the crack length was several hundred 

micrometers at most for several thousand exposure 

hours with carbon fiber reinforced polyimide at 

177 °C exposure [5].  As a result of this study, the 

matrix crack has little effect on young’s modulus, 

compressive strength and even tensile strength. 

However, it seems that the fracture toughness of the 

polycyanate resin and/or the fiber-resin interfacial 

strength would be degraded by thermal exposure. 

 

 

 

 
(a) Non-aged 

 

Fig. 17. Microscopic image of surface view of 

NHT specimen for non-aged. 

 

 

 

 

 

 

 

 

 
(b) 180 °C, 100 hours aged 

 
(c) 180 °C, 1000 hours aged 

 
(d) 195 °C, 100 hours aged 

 
(e) 195 °C, 1000 hours aged 

 

Fig. 18. Microscopic image of surface view of 

NHT specimens for various exposure conditions. 
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(a) Non-aged 

 

 

(b) 1800 hours aged 

 

 

(c) Crack deflection 

Fig. 19. Microscopic images of side view of OHT 

specimens  for non-aged and after 1800 hours aged. 

 

4 Conclusions 

We studied degradation of polycyanate-based 

CFRP under long-term thermal exposure condition. 

The results presented here show that the NHC and 

OHC strength of the polycyanate CFRP did not 

decline at 180 °C and 195 °C up to 1000 hours. On 

the other hand, the OHT strength after thermal 

exposure for 1800 hours at 180 °C declined slightly. 

From these results, the polycyanate CFRP would 

have advantage in usage under the thermo-oxidative 

environment. Microscopic image of OHT specimen 

after tests shows that there were a lot of transverse 

cracks which did not appeared in the 90 ° layers of 

the non-aged specimens. Thermo-oxidative 

degradation in long-term exposure causes matrix 

crack in 90° layer. However crack has little effect on 

strength and young’s modulus for NHC, OHC and 

OHT test in 1000 or 1800 hours exposure.  
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1 Introduction  

Polymer-matrix composites have been a material of 

choice for a long time now. In view of the recent 

awareness in environmental changes, a considerable 

effort has been diverted to study materials obtained 

from bio/renewable sources as a potential substitute 

to synthetic/petroleum based products. A significant 

leap in this direction has been the use of plant fibers 

(jute, sisal etc) as the reinforcing phase in polymer 

composites. In addition to the green aspect, plant 

fibers are the low-cost-low-density replacement of 

their glass/carbon counterparts. However, both glass 

and plant fibers result in increased brittleness, 

although the strength and stiffness increase 

favorably.  

Epoxy is one of the most widely used class of 

thermosets, which finds applications in varied fields 

– adhesives, coatings, as a matrix in composite 

materials etc. Epoxy composites with glass fibers 

and natural fibers as reinforcement have been 

studied extensively. Recently, there has been 

increased interest in epoxy based nano composites 

with most of the attention focused on carbon nano 

tubes [1, 2] and nano cellulose [3-6] as 

reinforcements. Cellulose nano fibrils extracted from 

the plant fibers’ cell wall have emerged as a viable 

alternative for advanced mechanical properties. 

Cellulose fibrils, composed of crystalline and 

disordered regions, are the main load bearing 

structure in the plant cell walls and cellulose crystals 

have a modulus of 137 GPa [7], which explains the 

superior mechanical reinforcement of their nano 

fibrils. It has also been shown that cellulose nano 

fibrils have a less detrimental effect on the strain to 

failure resulting in more ductile materials [8].  Small 

amounts of nano cellulose reinforcements with 

epoxy matrix are extensively reported in the 

literature [9-13]. In this work, an attempt has been 

made to address the issue of brittleness in epoxy-

based composites by using nano fibrillated cellulose 

(NFC) obtained from commercial pulp. Also, the 

potential large-scale application of the composite is 

demonstrated with the preparation a 3D molded 

nanocomposite shell element.  

 

2 Experimental  

2.1 Materials  

  Diglycidyl ether of bisphenol A (DGEBA), 

purchased from Sigma Aldrich, was used as the 

epoxy monomer in this study. A polyether amine, 

kindly provided by Huntsman Chemicals, was used 

to cross link the epoxy. NFC was prepared in the lab 

from commercial pulp; via enzymatic pre-treatment 

followed by mechanical disintegration by passing 

through a micro fluidizer, as described by 

Henriksson et al [14].  

2.2 Sample preparation 

  The NFC obtained after the mechanical 

disintegration was a gel like suspension with ca. 

2 wt% dry content. The gel was further diluted 10 

times to approx. 0.2 wt% NFC and this suspension 

was thoroughly homogenized by mixing with an 

Ultraturrax (model D125 Basic, IKA, Germany). 
The dilute suspension was then filtered over vacuum 

resulting in a template with ca. 80% water content. 

This template is essentially a porous network of 

nano fibrils [15]. The open pore network was 

utilized in the preparation route to impregnate the 

template with monomers/cross linker followed by 

curing in situ. Prior to this, water in the template was 

first exchanged to acetone by placing the network in 

acetone bath for an extended period of time. To 
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ensure complete solvent exchange, the acetone in the 

bath was changed at regular intervals. The epoxy 

and amine monomer were dissolved in acetone and 

the template from acetone was placed in the 

solution. Composites with 20, 40 and 60 wt% of 

NFC were prepared and the fibril : matrix ratio was 

controlled by varying the amount of monomers in 

the impregnating solution. The template was left in 

the impregnating solution overnight, followed by 

drying at room temperature and curing at 80 
o
C for 3 

hours and 120 
o
C for 3 hours. The final weight 

percent of fibrils in the composite was calculated 

based on the initial dry weight of the NFC and the 

final weight of the composite. 

 

2.3 Characterization 

  

Tensile testing was performed using Instron 5944. 

Prior to testing, the samples were conditioned at 

23 
o
C and 50 % relative humidity. Samples were cut 

into rectangular strips (40 mm x 5 mm) and tested at 

a strain rate of 10 %/min. At least 5 replicas of each 

sample were tested. Tensile modulus was calculated 

by the slope of the stress-strain curve in the elastic 

region. The average values and the standard 

deviation are reported here.  

Dynamic Mechanical Thermal Analysis was 

performed on TA instrument Q800. Temperature 

ramp between 30 
o
C and 150 

o
C was carried out at a 

speed of 5 
0
C/min and a frequency of 1 Hz in tensile 

mode. 

Morphology of composite cross sections was 

studied using Field-Emission Scanning Electron 

Microscopy (FE-SEM, Hitachi S-4800, Japan). The 

samples were fractured in the liquid nitrogen to 

ensure a brittle fracture. The cross sections were 

then mounted on the sample holder and coated with 

10 nm layer of platinum-palladium (Cressington 

208HR Sputter Coater) before observation. 

3 Results and Discussions 

3.1 Mechanical characterization  

The characteristic stress-strain curves are presented 

in Figure 1 and the values of mechanical properties 

are reported in Table 1. The curve for neat epoxy 

shows a typical ductile behavior. Elastic region for 

the material extends up to ca. 1% strain after which 

the material begins to yield followed by the start of 

necking at 5% strain until the material fractures at 

37.5%. The ultimate tensile strength (UTS) for neat 

epoxy was 33.2 MPa. 

 

The curves for composites show linear behavior 

up to ca. 2 %. It seems that no debonding or local 

damage appears in this region. The plastic region in 

these curves is dominated by strain hardening unlike 

in case of the neat epoxy which was dominated by 

necking. Strain hardening is a characteristic 

phenomenon in cellulose nanopaper [15, 16] 

resulting primarily from fibril straightening and the 

re-aligning of the fibrils along the longitudinal 

direction which provide additional reinforcement 

[17, 18]. It is interesting to note that the primary 

reinforcement in the composite materials occurs in 

the plastic region, which is evident from the slope of 

the curves after yielding. The composites with 

higher NFC content have a stronger strain hardening 

leading to increased UTS. These observations imply 

that the characteristic NFC network structure was 

retained, leading to excellent synergetic properties in 

the composites. 

The composite with 20 wt% NFC loading is 

particularly interesting because it demonstrates the 

significant reinforcing effect of NFC with the UTS 

increased to 90.4 MPa (more than 2 fold increase). 

Remarkably, even though the stiffness and strength 

increased significantly, the composite was still 

ductile and fractured at 23.6 % strain.  

The elastic modulus of the composites increased 

significantly on addition of NFC, from 2.4 GPa for 

neat epoxy to 10.5 GPa for the 60 wt% composite 

(Figure 2). The increase was most significant on 

addition of 20 wt% and 40 wt% NFC, and the 

increment is somewhat low in the 60 wt% 

composite. The constantly increasing trend in the 

stiffness suggests that the fibrils were well dispersed 

in the matrix and agglomeration was avoided to a 

large extent. The reduced reinforcing efficiency in 

the 60 wt% composite suggests that the fibrils were 

not as well dispersed as in the lower wt% 

composites.  

 

3.2 Dynamic Mechanical Analysis 

 

The dynamic thermo-mechanical properties of 

neat epoxy and composites with 20 %, 40 % and 

60 % NFC content were studied using a DMTA and 

are presented in Figure 3.  

Figure 3a displays the storage modulus (E’) of the 

neat epoxy and composites. The storage modulus of 

the neat epoxy in the glassy state is ca. 1000 MPa 

and drops rapidly after the onset of glass transition 

reaching a plateau value of 7 MPa in the rubbery 

state. The storage modulus of the 60 % NFC 

composite in glassy state was 4.3 GPa, which is ca. 2 
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times the value for neat epoxy. The reinforcement 

potential of NFC is more significant above Tg, 

where a 20 % NFC loading results in a storage 

modulus of 0.4 GPa, an increase of about 60 times 

over neat epoxy. The storage modulus in the glassy 

as well as the rubbery state increased with increasing 

NFC content, further pointing that the fibrils were 

well dispersed in the composite. With 60 % NFC 

content, the storage modulus was 4.2 GPa (ca. 4 

times that of Neat epoxy) in the glassy state and 1.6 

GPa (200 times that of the neat epoxy) in the 

rubbery state. 

The high stability of the composite samples above 

the glass transition results from the strong network 

of the cellulose nanofibrils and formation of a 

percolation network that is attributed to the strong 

hydrogen bonds between the fibrils. Formation of 

percolating network and the consequent increase in 

dynamic mechanical properties has also been 

reported for composites of cellulose nano whiskers 

[19, 20].  

Figure 4b shows the tan δ vs. temperature curve 

for the neat epoxy and composite samples. The peak 

of the tan δ curve is ascribed to the primary 

mechanical relaxation related to the glass-rubber 

transition. The glass transition temperature initially 

decreases when NFC is added to the system and later 

starts to increase when higher amount of NFC are 

added (Figure 4). The Tg of the neat epoxy is 68 
o
C, 

decreased to 47 
o
C when 20 wt% NFC is added and 

then increases again to 73 
o
C when the NFC content 

is increased to 60 wt%. The presence of NFC 

network probably has two competing effects in the 

composites. On one hand it decreases the cross 

linking density of the material (decreases the Tg) 

and on the other hand, the rigid NFC network 

provides additional hindrance to the mobility of the 

cross linked polymer chains (increases the Tg). In 

the 20 wt% composite, the decrease in the cross link 

density dominates because the low wt% of the fibrils 

cannot provide enough hindrance to polymer 

mobility. But, as the NFC content is increased, the 

NFC network becomes denser and the hindrance 

effect starts to dominate; thus increasing the Tg of 

the 40 and 60 wt% composite. 

The magnitude of tan δ peak, also, shows a sharp 

decrease as the NFC content is increased. This is 

probably because the cellulose nanofibrils induce a 

certain degree of immobilization to the amorphous 

epoxy chains, which reduces the effective number of 

molecules participating in the transition. 
 

 

3.3 Morphology 

 

The SEM images of the freeze fractured cross 

section are presented in Figure 5. The 40 wt% and 

60 wt% composites cross section show a laminated 

structure which is very similar to that of an NFC 

nanopaper [15]. The 20 wt% composite, however, 

shows a very homogeneous distribution of the fibrils 

in the composites. It is also apparent that the higher 

wt% composites had fibril rich regions, indicating 

some agglomeration. The continuous homogeneous 

distribution in the 20 wt% composite could also 

explain the high strain to failure observed during the 

tensile tests.  

 

 

3.4 Demonstrator 

The possibility to use the NFC/epoxy prepregs for 

manufacturing of components was verified in a 

series of manufacturing trials. A photograph of the 

selected demonstrator component, a protective case 

for a smartphone, is shown in Figure 6. It was 

manufactured by vacuum driven compression 

molding in a steel tool. The manufacturing involved 

placement of tailor-cut prepreg blanks into the 

female part of the mold. The blanks alone were 

however not sufficient to give a homogeneous 

component. This was caused by a combination of 

relatively sharp edges in the geometry and a limited 

drapeability of the prepreg. The problem was 

circumvented by adding neat epoxy to fill out gaps 

and fillets. A three-piece metal die, constructed to 

provide compaction pressure both to horizontal and 

vertical section of the case, was placed on top of the 

prepreg stack. The mold, with the die, was covered 

by several layers - an air and matrix permeable 

thermoplastic release film was the first layer. The 

second layer was an absorbing fabric, a so-called 

breather or bleeder with purpose both to provide a 

path to evacuate air and to absorb any excess resin 

during the subsequent compaction and curing. The 

mold was placed in a vacuum tight bag made from 

polyamide film and tacky tape. Vacuum was applied 

to the bag, and kept throughout the curing, to 

provide compaction force on the metal die. The 

whole arrangement was finally placed in an oven for 

curing during 2 h at 80 °C followed by a post-cure 

for 3 h at 120 °C. 

The component manufacturing trials were 

encouraging since they showed that NFC/epoxy 

prepregs can easily be used together with 

ICCM19 5577



conventional composite manufacturing techniques to 

make real components. They also revealed that the 

low drapeability of the current NFC/prepreg is a 

limiting factor for manufacturing of complex shaped 

parts. This means that utilization of the full potential 

of the current material can be achieved for 

components with relatively flat geometries such as 

weakly curved panels or sheets. 

4 Conclusions 

In this study, composites of nano fibrillated cellulose 

(NFC) in an epoxy resin were successfully prepared. 

Composites with high NFC content (20 - 60 wt%) 

were characterized. It was shown that the 

composites with 20 wt% of NFC showed extremely 

efficient reinforcement in strength and modulus, and 

also the ductility was preserved to a large extent. 

Generally, there was an increasing trend in the 

strength and stiffness, suggesting a good dispersion 

even with 60 wt% fibrils.  

Dynamic mechanical analysis revealed excellent 

reinforcement in the rubbery state. The Tg of the 

material decreased on addition of 20 wt% fibrils and 

then increased on further addition of NFC. 
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epoxy and epoxy-NFC composites obtained by 

DMTA. 
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Fig. 5. SEM images of freeze fractured cross sections of the composites. 
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Fig. 6. Image of the shell molded from Epoxy-NFC prepreg 

 

 

 

 

 

 
Table 1. Values of the mechanical properties as obtained from the tensile and dynamic mechanical test. 

 

 

 

 
 

Composite 

(wt% 

NFC) 

  Modulus (GPa)   Strength (MPa)   Elongation at break (%)   Tg 

(
o
C) 

  Storage Modulus (MPa) 

 
Avg stdev 

 
Avg stdev 

 
Avg stdev 

  
Glassy Rubbery 

0 
 

2.4 0.4 
 

33.2 3.3 
 

37.5 10.6 
 

68 
 

1063 7 

20 
 

4.4 0.1 
 

90.4 2.0 
 

23.6 2.3 
 

47 
 

1600 420 

40 
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94.1 2.0 
 

5.0 0.0 
 

55 
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60 
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152.4 7.1 
 

7.7 0.2 
 

73 
 

4266 1569 

100   15.7 3.4   257.1 19.4   6.1 0.5   -   -   - 
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1 Introduction  
 
Successful integration of solar cells as power 

sources in aerospace applications requires resilience 

to external mechanical loads while maintaining 

performance. This paper studies the mechanical and 

failure properties of brittle thin film photovoltaics 

and the reliability of photovoltaic cells integrated 

onto composite laminates.  

The residual stresses and the mechanical strength of 

inorganic thin photovoltaic films were quantified for 

the first time so that functional and material failure 

predictions could be made when they are integrated 

with composite laminates [1,2]. The performance of 

photovoltaics was monitored while integrated onto a 

composite laminate and subjected to uniaxial tensile 

loading. The inorganic photovoltaic films consisted 

of a top electrode, a Transparent Conductive Oxide 

(TCO) layer, a silicon (Si) p-n junction diode, and a 

thick aluminum substrate. 

 

2 Materials and Experiments 

The mean residual stress of the thin photovoltaic 

films was measured from the blister geometrical 

characteristics of straight and telephone cord 

delaminations. Straight blisters formed in the Si 

layer when the TCO was absent. When combined, 

the latter contributed additional residual compressive 

stress, leading to the formation of telephone cord 

type blisters. The buckling and mean residual 

stresses of a straight blister were calculated as [3]: 
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where σB is the buckling stress, σR is the mean 

residual stress, E is the elastic modulus, ν is 

Poisson’s ratio, h is the film thickness, b is the half-

width and H is the height of the blister. 

The residual stress of a telephone cord blister is 

given by the same expression as the straight blister, 

multiplied by a correction factor [4]: 

 
22

212 1
B

E h

b




     
 (3) 

2

, 2

3
1.08 1.08 1

4R TCD R B

H

h
  

  
    

  
 

(4) 

where Ē is the composite elastic modulus and σR,TCD 

is the residual stress of the telephone cord blister. 
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The stress gradient was calculated from the residual 

curvature exhibited by freestanding Si monolayer 

and Si/TCO bi-layer films. The elastic modulus 

mismatch between the two materials was taken into 

account in the case of bilayers, which resulted in 

stress discontinuity at the interface.   

The calculation of residual stresses requires the 

elastic modulus of the two materials. The elastic 

moduli, as well as the strength values were obtained 

by performing microscale uniaxial tension tests on 

Si monolayer and Si-TCO bilayer freestanding strips 

[5]. The rectangular shape uniaxial tension 

specimens were produced by fragmentation of the 

photovoltaic films. Before mechanical testing, they 

were inspected by a Scanning Electron Microscope 

(SEM) to ensure that their surface is crack-free, as 

shown in Fig. 1.  

The applied force in microscale tension experiments 

was measured by a miniature loadcell. The strain 

was calculated by Digital Image Correlation (DIC) 

using in-situ obtained optical images of the surface 

of the thin films. The two measurements were used 

to compute the elastic moduli of the two layers in 

the photovoltaic films.   

Finally, thin film photovoltaics were integrated onto 

carbon fiber composite laminates, during the 

laminate curing process. Three different laminates 

were employed with 0º, 0º/90º and ±45º fiber 

directions. Loading the 0º/90º composite laminates 

led to localized cracking and failure of the matrix in 

the 90º layers, which, in turn, led to damage in the 

photovoltaic thin films and reduction in cell 

efficiency. For these reasons, the 0º/90º orientation 

composites were not pursued further.   

The performance of the photovoltaics was measured 

before and after co-curing with the laminate, in order 

to assess the effect of curing on the photovoltaic film 

reliability. The resulting multifunctional composites 

were subjected to uniaxial tension while cracks 

forming on the surface of the thin film photovoltaics 

were monitored by a CCD camera. In addition, the 

current vs. voltage (I-V) characteristics of the 

photovoltaics were measured as a function of 

applied strain, by modeling the photovoltaic cell as a 

diode and connecting it to a circuit including a 

variable resistor [6] as: 

L DI I I   (5) 

where I is the total current, IL is the current related to 

illumination, ID is the current given by the diode 

equation which is a function of  the output voltage 

and the ambient temperature. The performance of 

the photovoltaic cells was quantified by the fill 

factor (FF), which was calculated by dividing the 

maximum output power of the photovoltaic with the 

maximum power of an ideal photovoltaic cell with 

the same open circuit voltage and short circuit 

current. The photovoltaic cells used in the present 

experiments had FF values larger than 0.55. 

 

3 Experimental Results and Discussion  

Using the methods described in the previous section, 

the mean residual stress in the Si monolayer was 

found to be (-470±110) MPa, while in the Si-TCO 

bilayer was (-660±90) MPa. Fig. 2 shows the profile 

analysis of a telephone cord delamination blister.  

The residual stress gradient of the Si layer was 

measured as 275±20 MPa/μm, while the effective 

residual stress gradient in the Si/TCO bi-layer was 

340±25 MPa/μm. 
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The magnitude of the mean compressive residual 

stress was larger than that of the local tensile stress 

due to the residual stress gradient, resulting in 

compressive stress across the entire photovoltaic 

film thickness. This compressive residual stress is 

beneficial as it mitigates the severity of externally 

applied tensile loads.   

The tensile strength of the Si layer was 425±75 MPa 

while of the Si-TCO bi-layer was only 110±25 MPa. 

Fig. 3 shows a failure cross-section of a Si/TCO 

bilayer. When compared to the strength of the Si 

monolayer, the almost four times smaller strength of 

the Si/TCO bi-layer could be attributed, in part, to 

the significantly larger stress gradient of the bi-layer, 

which differed by 2½ times that of the Si monolayer. 

Imaging of the ZnO and Si surfaces of the Si-TCO 

bilayer specimens during the uniaxial testing showed 

that ZnO was the first film to fracture while the Si 

layer followed immediately after. Real time optical 

imaging also revealed a weak interface between the 

two thin films, with delamination occurring during 

mechanical testing.  

The calculation of the FF before and after co-curing 

of the photovoltaics with the composite laminates 

resulted in less than 0.3% reduction of the 

photovoltaics’ performance. Fig. 4 shows the I-V 

curves before and after co-curing a photovoltaic with 

a composite laminate, as well as the rectangular 

areas which define the maximum power in each 

case. The FFs of the integrated photovoltaics were 

also calculated when exposed to constant power 

light source, in order to investigate whether a 

degradation associated with a temperature increase 

due to prolonged light exposure had taken place 

[7,8]. I-V curves for exposure after 0, 9, 15 and 24 

hr revealed no change in performance.    

The calculation of the mean compressive residual 

stress in the Si/TCO bi-layer, when integrated on the 

laminate showed an increase of approximately 20%, 

while the bucking stress remained constant. The 

increase in residual stresses indicates a build-up 

during the curing cycle, which acts beneficially 

against external tensile loads.    

During loading of the multi-functional composites, 

transverse cracks formed in the TCO and Si layers. 

The fracture of the TCO thin film preceded that of Si 

but did not result in degradation on the solar cell 

performance. Fig. 5a shows crack initiation on the 

ZnO surface at 0.28% strain and Fig. 5b shows the 

ZnO fragmented surface at 1.20% strain. Reduction 

in power output, defined by the maximum 

rectangular area under the I-V curve, was observed 

once fragmentation initiated in the Si layer. 

Cracking throughout the thickness of the Si/TCO 

thin films resulted in discontinuities in the 

photovoltaic circuit. Fig. 6 shows cracks in the ZnO 

layer, in the transverse to the loading direction, for a 

photovoltaic integrated onto a ±45º composite 

laminate. The cracks in the ±45º direction developed 

upon laminate failure and led to spallation and 

precipitous drop in the performance of the 

photovoltaic cell. 

Similarly, a reduction in power output of a 

photovoltaic integrated onto a 0º composite laminate 

initiated after cracks appeared on both the ZnO and 

Si thin films. The I-V curves at different loading 

steps are shown in Fig. 7a, while the corresponding 

FFs (for strain larger than 0.6%) are shown in Fig. 
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7b; for instance, upon 1.5% strain, the FF of the 

integrated photovoltaic dropped to about 35%.  
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Fig. 1 A Si monolayer uniaxial tension specimen 
(narrow strip) attached to a wide grip. 
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Fig. 2 Profile of a telephone cord delamination blister using a confocal laser microscope. 

 

 

Fig. 3 Failure cross-section of a freestanding bilayer strip after tension testing. 
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Fig. 4 I-V curves of a photovoltaic before and after co-curing with a composite laminate. 

 

 
 

Fig. 5 Fragmentation of a Si photovoltaic attached to a ±45˚ composite laminate. Uniaxial tension was applied in the 
horizontal direction. 
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Fig. 6a Crack initiation in a Si photovoltaic attached to a 
0˚ composite laminate. Uniaxial tension was applied in 
the horizontal direction. 

Fig. 6a Fragmentation of a Si photovoltaic attached to a 0˚ 
composite laminate at 1.20% strain. Uniaxial tension was 
applied in the horizontal direction. 
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Fig. 7a I-V curves of a Si photovoltaic attached to a 0˚ composite laminate. 
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Fig. 7b Fill factor vs. strain for a Si photovoltaic attached to a 0˚ composite laminate.   
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FOR ONR SESSION, 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
 
Curved sandwich panels consisting of fiber-
reinforced polymer skins and foam cores are used in 
naval structures.  These hydro-dynamically shaped 
structures not only provide high specific stiffness 
and strength but are corrosion-free and low cost 
alternatives to their existing metal counterparts.  An 
analytical model for the blast response of a double-
curvature, shallow composite sandwich panel with 
polymeric foam core is presented in this paper.  The 
model will elucidate not only the dynamic response 
of the sandwich panel but address its ultimate failure 
and the energy absorption of its core up to the point 
of failure.  It follows from previous work by the 
authors on cylindrical, flat and single curvature 
sandwich panels [1-3].   
 

2 Problem Formulation 

Consider the double-curvature, composite sandwich 
shell with facesheet thickness h  and core thickness 

,H as shown in Fig. 1.  The mid-surfaces of the 
composite facesheets are defined with radius 

211
,, xyx RRR  and .

2yR   Curvilinear coordinates 

111 ,, zyx and 222 ,, zyx are defined with respect to 
the outer and inner facesheets, respectively.  The 
sandwich shell is fully clamped along all edges, and 
is considered to be shallow.  The shell is subjected to 
uniformly distributed pressure pulse of amplitude 

op and duration T .  

 

3 Facesheet Kinematics 

Donnell’s nonlinear shallow shell theory is used to 
obtain the strain-displacement relations in the outer 
facesheet ( 1i ) and inner facesheet ( 2i ): 

 

Fig. 1 Double curvature sandwich shell.  
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where the mid-surface strain and the change in 
curvature in the outer and inner facesheets are   
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4 Core Kinematics 

As indicated in Fig. 1, the core mid-surface is 
located at mean radii: 

 
212

1
xxx RRR                (10) 
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and is defined with a set of curvilinear coordinates 
.,, zyx  Core deformations, 0,uwo  and ,ov are 

assumed to be compatible with the facesheet 
deflections so that  
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While thin shell theory was used for the facesheet 
kinematics, a thick shell theory with first order shear 
deformation is used for the core.  The in-plane 
strain-displacement relations for the core are  
 

xmxx z  ,                           (15) 
 

ymyy z  ,                           (16) 
 

xymxyxy z  ,                           (17)  

where the mid-surface strain and the change in 
curvature are   
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and y and x are rotations of plane sections about 
the x- and y-axes, respectively.   The nonlinear terms 
may be neglected for thick cores undergoing very 
small deflection. 
 
Transverse shear strains are then given by 
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The following approximations are made for the 
rotation of plane sections and the radial compressive 
strains: 
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5 Dynamic Response of Shell 

In order to be consistent with clamped boundary 
conditions, out-of-plane and in-plane deflections of 
the facesheets are expressed in Fourier series as 
follows:   
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where the shell surface area projected on a 
rectangular plane is 11xba  for the outer facesheet 
and 22 xba for the inner facesheet.  There is a small 
change in these areas due to the different radii of 
curvature. 

The dynamic response of the sandwich shell is found 
by satisfying Lagrange’s equations of motion: 
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where T  and U  are the total kinetic and strain 
energy in the sandwich shell and mnq  are generalized 
coordinates, mnmnmnmnmn edcba ,,,, and .mnf Plastic 
work dissipated during core crushing is accounted 

for in the strain energy expression.  

The kinetic energy of the two facesheets are 
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where 1S  and 2S  are outer and inner facesheet mid-
surface areas.  The kinetic energy of the core is 
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where 0S  is the core mid-surface area.  Generalized 
forces nQ  are obtained from virtual work W :  
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For uniformly distributed external pressure 
pulse )(tp  , 
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The facesheets remain linear elastic even though the 
core may undergo inelastic deformation during 
crushing.  The elastic facesheet strain energy is  
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5.1 Core elastic response 

During fully elastic response, the stress-strain 
relation for an orthotropic core is  
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where ijC are the elastic stiffness.  The elastic strain 
energy is therefore given by 
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where 0V is the volume of the core enclosed between 
the two facesheets.  If the foam is transversely 
isotropic with respect to the 1-2 plane, 

,4455,2313,1122 CCCCCC  and   .2121166 CCC   
If the foam is assumed to be isotropic, then 

,112233 CCC  121323 CCC   and  
   .21211445566 CCCCC   

Although many foams are transversely isotropic, 
they are often assumed to behave in an isotropic 
manner.  In a flat sandwich panel subjected to lateral 
pressure loading, the foam core resists primarily 
transverse shear and compression.  Modeling the 
core as an isotropic material with transverse 
compression and shear properties is adequate for 
analysis of flat sandwich panels and often produces 
accurate solutions.  However, in a curved sandwich 
panel or shell with lateral pressure loading, the foam 
core must resist in-plane compression in addition to 
transverse shear and compression.  The transversely 
isotropic properties of the foam would therefore 
become important in curved sandwich panels with 
foam cores.   

 

5.2 Core elastic-plastic response 

Cellular foam exhibits elastic-plastic behavior under 
both compression and shear.  One of the most 

commonly used criteria to describe plastic yielding 
is an isotropic foam yielding [4] of the form 

 

0ˆ 0  f                             (44)
    
where 0  is the flow stress and the effective stress 
̂  is given in terms of 

 
the mean stress m  and von 

Mises equivalent stress :e   
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              (45) 

 
where 23 , assuming the foam plastic 
Poisson’s ratio is approximately zero.  Once foam 
plasticity has initiated, the core strain energy may be 
expressed over elastic and plastic regions separately. 
The yield criterion described by Eqs. (44) and (45) 
separate the boundary between elastic and plastic 
regions.   
 
The strain energy in the plastic core regions are 
approximated by nonlinear elastic strain energy 
density enclosed in Region OACD of Fig. 2.  In 
Fig. 2, 0ij and 0ij  are the strain and stress 
components at the initiation of plasticity.  
Following initial yield, stress components do 
not remain perfectly plastic so that the behavior 
shown in Fig. 2 is an idealization of the stress-
strain behavior in the plastic region.  The area 
under OACD is equivalent to the area under 
OBD minus the area of shaded triangle ABC.  
Hence the core strain energy can be expressed 
by 
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(46) 

where eV and pV  are the volumes of foam core 
undergoing purely elastic and elastic-plastic 
behavior. 

 

 

 

 

 

 

 

 

 
      Fig. 2 Strain energy in plastic region.   

 

6 Examples 

As an example consider a composite sandwich shell 
with 5h  mm, 25H mm, 1.396

11
 yx RR mm, 

6.365
22
 yx RR mm, and 4.13811  ba mm.  

The facesheet is E-Glass/Vinyl Ester Woven Roving 
and the core is Divinycell PVC H250.  This panel is 
subjected to uniformly distributed pressure pulse 
loading.  The load duration is 1 ms, and peak 
pressure is 3.5 MPa.   

Elastic and plastic properties of the Divinycell PVC 
H250 are taken from data provided in Gdoutos et al. 
[5].  Table 1 list the elastic properties and Fig. 3 

show the transverse compression stress-strain curve 
of the PVC H250 foam. 

Three cases are considered for the foam behaviors: 
(a) isotropic linear elastic, (b) transversely isotropic 
linear elastic, and (c) isotropic elastic-plastic.  In the 
isotropic cases, the transverse compression 
properties of the foam are assumed.  Hence, for the 
isotropic linear elastic case, 40333  EE MPa and 

.34.013   

 

Table 1  Elastic properties of PVC H250 [5]. 

E11 =E22

MPa
E33

MPa 
   G12 

MPa 
G13 =G23

MPa 

236 403 0.2 0.34  85   117

 

 

Fig. 3 Transverse compressive stress-strain in 
Divinycell PVC H250 and other foams. 

 

6.1 Elastic response 

Equations of motion, assuming isotropic linear 
elastic core, were solved for the Fourier coefficients 
described in Eqs. (29)-(34) using MATLAB.  The 
Fourier series was expanded to .6mn   This 
entailed a total of 242 terms in the solution.  The 
transient deflections of the mid-surface of the core 
along the x-axis are shown in Fig. 4 for the isotropic 
linear elastic case.  The distribution of stresses along 
the x-axis at the mid-surface of the core were 
calculated from Eq. (42), and are shown at t= 0.138 
ms in Fig. 5 (a) and (b) for the in-plane and out-of-
plane stress components, respectively.  The normal 

 

σij0 

Cij 

εij0 

C 

B 

A 

D εij 

σij 

O 

ICCM19 5595



stresses, both in-plane and out-of-plane, are 
compressive and roughly the same order of 
magnitude.  This indicates that transversely isotropic 
foam properties would be needed to accurately 
determine the foam stress.  The maximum transverse 
shear stress is about twice the highest normal stress. 

Solutions from finite element analysis, which will be 
discussed later, are also shown in these figures for 
comparison.  While the core mid-surface deflections 
are in very good agreement with FEA, stresses at the 
core mid-surface are not captured as well, especially 
at the clamped boundaries.  This is a consequence of 
the first-order shear and uniform transverse 
compression assumptions which were made to 
simplify the core kinematics.  In addition to this, 
more terms in the double Fourier series would be 
needed to improve the accuracy of stresses. 

Fig. 4 Transient deflections along x-axis at mid-
surface of core, assuming isotropic linear elastic 
core. 

 

To observe the effect of transversely isotropic 
properties in the foam, transversely isotropic elastic 
properties of the foam from Table 1 were assumed 
instead.  The load was kept the same as in the 
isotropic case, i.e. peak pressure of 3.5 MPa and 
duration of 1 ms.  A comparison of the center panel 
deflection at the mid-surface of the core is shown in 
Fig. 6 for both isotropic and transversely isotropic 
cases.  It can be seen that the sandwich shell with 
transversely isotropic foam model is more compliant 
than the one with the isotropic foam model.  This is
              

   (a) 

(b) 

Fig. 5 Stress distribution along x-axis in core mid-
surface at t=0.138 ms:   (a) in-plane stress 
components and (b) out-of-plane stress components.    

 

Fig. 6 Comparison of center panel deflections at core 
mid-surface assuming isotropic and transversely 
isotropic linear elastic core. 
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because the in-plane stiffness is much lower than the 
transverse stiffness.  Modeling the foam as isotropic 
instead of transversely isotropic would result in 
deflections being under-predicted by 18%.  

 

6.2 Elastic-plastic response 

The elastic-plastic response of the composite 
sandwich shell is obtained in two parts: (1) complete 
linear elastic response up to the point of initial 
yielding in the core and (2) elastic-plastic response 
as the plastic zone spreads in the core.  The yield 
criterion, Eq. (44), must be evaluated during elastic 
response until it is met.  Yielding in the core mid-
surface was found to initiate and spread into the four 
regions shown in Fig. 7.  The shaded zones in Fig. 7 
represent foam that is plastically deforming.   
 
 

 
 
 
 
 
 
 
 
 
 
 

Fig. 7 Elastic and plastic regions in core mid-
surface. 

 

The yield criterion delineates between elastic and 
plastic regions. The equations of motion during 
elastic-plastic response incorporate the spread of the 
plastic zone because it is introduced in the 
integration limits of the core strain energy in Eq. 
(46).  The transient deflection of the core mid-
surface is shown in Fig. 8.  The equivalent stress, as 
defined in Eq. (44) is also shown at various times in 
Fig. 9.  At  t =0.125 ms, plasticity would just initiate 
at x=22.6 mm, 110.3 mm.  Note that there is 
relatively good agreement between predicted 
transverse deflection and effective stresses and FEA, 
which is described next.   

 

Fig. 8 Transient deflections along x-axis at mid-
surface of core, assuming isotropic elastic-plastic 
core. 

 

Fig. 9 Effective stress along x-axis at core mid-
surface. 

 

7 Finite Element Analysis 

Finite element analysis using ABAQUS Explicit was 
used to corroborate results from the analytical 
model.  The FEA model for the sandwich shell is 
shown in Fig. 10.  The dimensions of the sandwich 
shell are the same as in Section 6.  Continuum eight 
node elements were chosen for both facesheet and 
core (C3D8).  The facesheets were orthotropic, 
linear elastic with properties of E-Glass/Vinyl Ester 
Woven Roving.   
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Fig. 10 FEA model of the sandwich shell. 

 

As in Section 6, the core was modeled with PVC 
H250 properties assuming isotropic linear elastic, 
transversely isotropic linear elastic, and isotropic 
elastic-plastic.  Crushable foam with isotropic 
hardening was used for elastic-plastic core response. 
Solutions for the mid-surface core deflections and 
stresses from the FEA are given in Figs. 4, 5, 6, 8 
and 9.   

 

8 Failure of Sandwich Shell 

If the pressure pulse amplitude is high enough, the 
sandwich shell may fail by foam or facesheet 
fracture, and these are illustrated in Fig. 11.  Simple 
failure criteria are established for each mode below. 
 

 
 
 
 
 
 
 
 
 
 
 
 

        
Fig. 11 Failure modes in sandwich shell. 

8.1 Facesheet failure 

A modified Hashin-Rotem criterion is used to 
examine lamina failure of the woven roving E-
Glass/Vinyl Ester [6].  For the orthotropic shell, the 
relationship between the principal stresses and 
strains are given by    
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where ),1/(),1/( 2112222221121111   EQEQ

),1/( 2112221212   EQ  and .1266 GQ   
According to the modified Hashin-Rotem failure 
criteria, the failure of the composite occurs when  
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where TX  and CX are the tensile and compressive 
strength in the x-direction; TY  and CY are the tensile 
and compressive strength in y-direction; and LS  is 
the in-plane shear strength. 
    
  
8.2 Core failure 

The stress distributions in the core shown Figs. 5 (a) 
and (b) indicate that transverse shear stresses 
dominate all other stress components, when and 
where yielding begins.  The points of yielding are 
also where the foam would tear if the strains exceed 
the foam ductility.  Although core fracture is of a 
mixed mode involving not just transverse shear, but 
also in-plane stress and out-of-plane compression, it 
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is driven mostly by transverse shear deformations.  
A simple criterion for the onset of core shear failure 
is to set the transverse shear strain in the core equal 
to the core transverse fracture strain, .f   Core shear 
failure occurs when 
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9 Effect of Foam Crushing  

To examine the effect of foam crushing, a composite 
sandwich shell with 5h  mm, 25H mm, 

1.396
11
 yx RR mm, 6.365

22
 yx RR mm, and 

4.13811  ba mm, was considered with various 
foam cores.  The compression stress-strain curves 
for these foams are shown in Fig. 3, and relevant 
mechanical properties are listed in Table 2.   The 
facesheets were made of woven E-Glass/Vinyl Ester 
facesheets and the shell was subjected to a triangular 
pressure pulse with duration 1T ms.  

 
Table 2 Various foam properties. 

 

The peak pressure of the 1 ms-pulse that would just 
cause either core shear fracture of facesheet rupture 
is shown in Fig. 12 for the different core materials.  

The corresponding plastic work of the core up to 
failure is given in Fig. 13.  Panel failure was due to 
compressive failure of the distal facesheet in all 
cases except for the sandwich shell with PVC H30 
foam, which failed by core shear fracture.  The 
sandwich shell with the HCP 100 foam core had the 
highest blast resistance, while the panel with 
Divinycell H200 foam dissipated the most plastic 
work.  

While the sandwich shell with the HCP 100 foam 
core was the most blast resistant, it is also the 
heaviest.  The blast resistance of the sandwich shells 
was compared on a per unit areal weight density 
basis in Fig. 14.  The areal weight density of the 
sandwich shell is defined by    

 

 HhgW cf   2            (53) 

 

On a per unit areal weight density basis, the most 
blast resistant sandwich shell has the PVC H250 
core. 

 

 

Fig. 12 Failure pressure to just cause panel failure 
(blast resistance).  

 

  H30     H250  HCP 
100 


(kg/m3) 

30  100  200  250  400


(MPa)

27  105  293  403  650


(MPa)

0.3  1.66  4.35  6.3  10.3

f 0.09  0.4  0.45  0.45  0.35
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Fig. 13 Plastic work up to the point of failure 
(energy absorption). 

 

Fig. 14 Failure pressure per unit areal weight density 
to just cause panel failure.  
 
10 Conclusions 
 
An analytical model for the blast response of a 
double-curvature, shallow composite sandwich panel 
with polymeric foam core was developed.  In this 
sandwich model, the core deformations are 
approximated by facesheet deformations.  
Lagrange’s equations of motion are used to describe 
the sandwich shell response with an isotropic elastic 
core, a transversely isotropic core and an isotropic 
elastic-plastic core.  For the sandwich shell 
configuration under study, in-plane and out-of-plane 
normal stresses were all compressive and roughly 
the same order of magnitude.  This indicates that 
transversely isotropic foam properties would be 
needed to accurately determine the foam stress.   
 
The elastic-plastic analysis was used to determine 
the blast resistance and energy absorption of 

sandwich shells with various foam cores.  The 
sandwich shell with the softest core, PVC H30 was 
the weakest, failing by core shear.  The sandwich 
shell with the stiffest core, PVC HCP100, was the 
most blast resistant, failing by facesheet fracture and 
with negligible plastic core crushing.  On a per unit 
areal weight density basis, however, sandwich shells 
with PVC H200 and H250 foam cores, were the 
most blast resistant.  These foams also experienced 
core crushing and plastic work dissipation before 
facesheet rupture. 
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1 Introduction 

Due to high ratio of strength/stiffness to weight 

and good corrosion resistance etc., fiber–reinforced 

composite materials are being widely used in 

modern aero-plane structures, which have been 

demonstrated that primary aircraft structures made 

from carbon fiber composites can achieve weight 

savings of 20% to 30% over similarly designed 

metal structures. Airbus uses 25% composites in 

A380 structures and Boeing uses up to 50% in B787, 

and the percentage of composite materials used in 

commercial jet aero-planes becomes a symbol of 

technology advantage and market competitiveness[1]. 

As its great importance to structure safety, failure 

behavior and strength prediction of composite 

materials have been studied extensively in the 

literature. For several decades development, 

countless efforts have been made in this area, and 

substantial achievements have been obtained[2]. 

Some well-known failure criteria like Tsai-Wu 

tensor criterion[3], Hashin criterion[4] etc. can 

effectively predict failure strength of composites and 

have been widely used in engineering practices. The 

World-Wide Failure Exercise (WWFE) sponsored 

by Hinton
[5]

 provides a good opportunity for 

comparison of all the participant failure theories 

against experimental results, and comprehensive 

assessment of 19 leading failure theories was 

presented, including their validities and shortfalls. 

All theories were ranked according to their abilities 

to predict a wide range of experimental results. 

To fully investigate the performance of composite 

materials, some failure theories based on 

micromechanics were developed these years. 

Goose[6] proposed Strain invariant failure theory 

(SIFT) in 2001, which identifies fiber and matrix 

failure by two strain invariants in micro-level and 

attributes matrix failure to dilatation as well as 

distortion failure. The Multi-continuum Theory 

(MCT) by Mayes et al.[7], in which constitutive 

equations of fiber and matrix are formulated 

respectively by stress at a point, identifying their 

failures by quadratic stress failure criterion. 

Considering the failure of fiber, matrix and interface, 

the Micro-Mechanics of failure (MMF) criterion 

proposed by Sung Kyu Ha et al[8] formulates damage 

determination and evolution methods recently. Brett 

A. Bednarcyk et al.[9] uses a micromechanics model 

called the Generalized Method of Cells to evaluate 

failure criteria at the micro-level, and corresponding 

analysis platform FEAMAC is presented. Up to now, 

multi-scale failure criteria have been used in fracture 

and durability analyses of composite structures to 

some extent[10-12], and this theory takes its advantage 

in the discussion of temperature and fiber volume 

fraction’s effects on material’s mechanical 

behavior[13, 14]. However, the multi-scale failure 

criteria still require considerable improvements. 

Problems such as the transition between micro- and 

macro-levels, identification and evolvement of 

failure modes in micro-level are still suspended. 

The main purpose of this paper is to investigate 

effects of constituent properties on open-hole 

tension performance of composite laminates via a 

revised multi-scale failure model, which attempts to 

improve practical application of multi-scale method 

and solve some potential problems in the procedures 

MULTI-SCALE ANALYSIS OF EFFECTS OF 
CONSTITUENT PROPERTIES ON OPEN-HOLE TENSION 

PERFORMANCE OF COMPOSITE LAMINATES  
Xing Li, Zhidong Guan*, Bin Xue, Lu Liu, Wei He, Junwu Mu 

 School of Aeronautics Science and Engineering, Beihang University(BUAA) 

Beijing 100191, China 
*zdguan@buaa.edu.cn 

Abstract 
The effect of constituent properties on open-hole tension performance of CFRP was studied by means of 

a combination of experiments and numerical simulations. A new stress-based multi-scale failure model 

was proposed, in which failure criteria of constituents were carefully determined based on experimental 

results. Open-hole tension performance of three material systems (T300/5228, T300/5428, T700/5428) 

were examined. Good agreements were found between the experimental results and the numerical 

simulations. It was found that fiber strength was a key factor influencing ultimate strength of the 

laminates, while matrix property degradation alleviated the stress concentration. The relative strength of 

fiber and matrix determined the OHT strength and failure mode, as well as types and extent of internal 

damage in the notched composites prior to failure. 

Keywords: Composite laminate , multi-scale, constituent properties, open-hole tension 
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of application. Based on experimental observations, 

failure behaviors of fiber and matrix at meso level 

were redefined, square and hexagon representative 

volume elements (RVE) were introduced to 

characterize stress distribution between constituents, 

and the updating methods of stress amplification 

factors and ply property were established. Open-hole 

tension test was chosen as a benchmark to validate 

the potential of this method because it has 

complexity of both geometry and stress state, which 

can fully embody the difference of composite 

constituents and has been adopted as the industry 

standard for determining the damage tolerance 

performance of FRP laminates[15]. In this paper, 

open-hole tension specimens of three material 

systems (T300/5228, T300/5428, and T700/5428) 

were examined, after validated experimentally, the 

numerical model was used to assess the effect of 

constituent properties on the OHT behavior of CFRP 

laminates. 

2 Proposal of multi-scale failure model for 

composites 

2.1 Transformation from macro stresses to micro 

stresses 

As is the average value of fiber and matrix within 

the section in macro-level, stress value obtained by 

mechanical experiments in laminates can’t describe 

the actual stress distribution in micro-level. However, 

under the arrangement assumption of fiber and 

matrix, stress applied on single layer can be 

equivalent to the stress applied on RVE, as can be 

seen in Fig. 1. 

Therefore, we can obtain micro stresses in fiber and 

matrix from its counterpart in macro-level by FE 

analyses on RVEs, which can be written using stress 

amplification factors: 

 T  
σ σ

σ M σ A  (1) 

whereσ、 σ（6×1）are micro and macro stress 

vectors respectively, σM （6×6）is the matrix of 

mechanical stress amplification factors caused by 

different mechanical behaviors of fiber and matrix, 

and σA （6×1） is the matrix of thermal stress 

amplification factors caused by their different 

thermal coefficients. The derivations of σM  and 

σA
 
are introduced in detail in reference [11]. 

Fig. 2 is the representative distributions of fiber and 

matrix considered in this paper, so square and 

hexagon RVEs were used to obtain stress 

amplification factors and to determine damage 

initiation as well as evolution. The FEM models of 

square and hexagon RVEs as well as their 

coordinate directions are shown in Fig. 3, where 1 

describes fiber direction and 2, 3 are the normal 

directions of fiber. Due to the symmetry of RVEs 

and stress distribution, all reference points in the 

above mentioned two unit cell models are in the 

upper side of the model. In the RVE of square, 6 out 

of 16 are in the fiber and the other 10 are in the 

matrix, while in the RVE of hexagon, 8 out of 21 are 

in the fiber and the other 13 are in the matrix. 

Mechanical and thermo-mechanical amplification 

factors in eq. (1) of each reference point can be 

obtained, which is of great importance in the judging 

of failure of fiber and matrix. In general 

circumstances, some differences between the stress 

amplification factors of square and hexagon RVE 

models exist and should be taken into consideration 

when carrying out failure judgment. 

2.2 Characterization of meso failure modes 

Unlike traditional metal materials, composites are 

made up of two constituents with a large mismatch 

in mechanical and thermal properties, in which 

fracture can be distinguished in fiber or matrix 

depending on specific loading conditions. Here we 

use a revised multi-scale failure criterion which can 

refer in [16]. Fiber failure was divided into fiber 

tensile failure and compressive failure, and matrix 

failure was divided into dilatational failure and 

distortional failure.  

The maximum longitudinal stress was used to 

define fiber failure: 

(1) Fiber tensile failure: 

  
1f ftX   ,  

1 0f 
 

 (2) 

(2) Fiber compressive failure: 

  
1f fcX    ,  

1 0f    (3) 

In the aspect of matrix, L. E. Asp et al.[17] found 

that while matrix is constrained between fibers, 

yielding is suppressed while brittle failure occurs, 

which is presumably caused by crack growth from 

cavitation. Failure envelope for polymers in 

composites is shown in Fig. 4. So two failure 

mechanisms of matrix should be defined, one is 

dilatational failure and the other is distortional 

failure. 
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Two stress invariants 1I  and VM were introduced 

to characterize the stress state of matrix: 

1

2 2 2

2

2

1 2

( )

3

xx yy zz

xx yy yy zz xx zz xy xz yz

VM

I

I

I I

  

        



  

     

 

 (4) 

Where 1I  is the volumetric stress invariant, and 

VM  is the deviatoric stress invariant. Based on the 

experiment results, matrix failure can thus be 

defined as: 

(3) Matrix dilatational failure: 

   2

1 VM 1-critI I     (5) 

(4) matrix distortional failure: 

   VM VM-crit      (6) 

Fig. 5 is the failure envelope of matrix. 

Critical values of multi-scale failure criterion i.e. 

ftX , fcX ,
 1-critI , VM-crit  and   can be obtained 

from corresponding experiments in Table 1. Macro 

strengths were introduced into the RVEs, and the 

maximum values in reference points of fiber and 

matrix were identified as the critical values. 

2.3 Damage determination and evolution 

The procedures of damage determination and 

evolution by multi-scale criterion are shown in Fig. 

6. Firstly, apply displacement increment on the FEM 

model, and get macro stresses σ  of each element. 

Secondly, calculate micro stresses acquired from 

macro stresses by equation (1) in reference points of 

square and hexagon RVE models. Then check 

whether damage occurs by failure criteria of fiber or 

matrix in equation (2), (3), (5), (6). If damage 

doesn’t happen, the calculation will go to the next 

iteration directly. Else if any sort of damage happens, 

material property should be degraded based on the 

category of damage and a new iteration can be 

executed. Once a sharp decrease of load occurs, the 

FEM analysis will be terminated, and the maximum 

value of load and displacement will be outputted.  

In the process of damage determination, reference 

points in matrix and fiber must be applied to 

designated failure criteria respectively. Moreover, 

the degradation of macro mechanical properties will 

be executed in different ways due to different failure 

modes. When fiber failure happens, the longitudinal 

moduli of fiber in RVE models will be degraded, 

and macro property under failure conditions can be 

derived through the calculation of RVE model. 

Corresponding procedure will be carried out when 

failures happen to matrix. After failure occurred, 

stress amplification factors should also be 

regenerated. Details of failure determination and 

material property degradation are listed in Table 2. 

3 Experiments 

3.1 Materials and specimen preparation 

In the respect of experiments, three CFRP material 

systems were studied, which are T300/5228, 

T300/5428 and T700/5428. The specimen 

preparation and test procedure were based on ASTM 

Standard D5766. Fig. 7 shows the geometry of the 

OHT specimens. All the three kinds of OHT 

specimens tested has the size of 250mm×36mm and 

d/W ratio of 1/6, where d is the hole diameter and W 

is the laminate width. 

Quasi-isotropic type stacking sequence of [45/0/-

45/90]3s was chosen since it’s very common in 

aircraft structures, and the thickness of individual 

ply is 0.125mm. Panels prepared from prepregs were 

cured in an autoclave according to ASTM D5687. 

Test specimens were cut from the panels using a 

dedicated composite cutting machine with a 

diamond-coated cutting blade. In order to examine 

the initial defect (like delamination at the edge of the 

drilled hole) of the specimens, non-destructive 

testing (NDT) of ultrasonic scan was carried out 

before experiment. 

3.2 Experiment results and damage 

characterization  

Five specimens for each material system were 

tested to failure to determine the average OHT 

strength as well as the load- displacement curve. Fig. 

8, Fig. 9 and Fig. 10 show the load-displacement 

curves and fracture morphologies of open-hole 

tension specimens for each of the material systems. 

The ultimate strength of T300/5228 (325MPa) was 

not far from T300/5428 (375MPa), and the 

difference was mainly caused by the type of matrix. 

T700/5428 has a much higher strength (517MPa) 

than the T300/5228 and T300/5428 laminates, which 

is attributed to the much higher strength of T700 

fiber. From fracture morphologies we can see that 

open-hole tension specimens of T300/5228 failed in 

a brittle manner, with a fairly clean fracture 

perpendicular to the loading direction, while more 

extensive damage occurs prior to failure in 

specimens of T300/5428 with ply-cracking across 
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the entire width of the specimen, which was more 

evident in plies close to the surface. Moreover, 

T700/5428 shows considerable fiber pull-out and ply 

cracking at final failure accompanied with 

delamination between some of the exterior plies. It is 

clear from the curves that all kinds of open-hole 

tension specimens have a fairly linear load-

displacement relation until the curve drops abruptly, 

except for a small descent in T700/5428 in the 

vicinity of ultimate strength. The linear nature of the 

load-displacement curves of all three types of open-

hole tension specimens suggests that the failure 

mechanisms of these tests are brittle or pull-out, 

where drop of the curves is controlled by 0°fiber 

breakage.  

4 Numerical simulation and discussion 

The experimental results above have demonstrated 

that open-hole tension failure of carbon fiber 

reinforced composites is rather complex due to the 

interaction of various failure modes and 

micromechanical properties. In order to demonstrate 

the feasibility of multi-scale failure model and to in-

depth understand the role of constituent properties 

played in open-hole tension response, all the test 

cases were simulated using finite element software 

ABAQUS. Numerical results were compared with 

experimental results, and discussions were made. 

4.1 Modeling of open-hole tension laminates 

The modeling strategy to simulate the quasi-

isotropic laminates [45/0/-45/90]3s with open hole 

under tension is depicted in Fig. 11. In consideration 

of computational efficiency, only the center portion 

around the hole of the specimen was simulated, 

where stress concentration occurs and critical 

damage takes place. Because of the in-plane 

symmetry of the stacking sequence, one half of the 

specimen was modeled, applying symmetric 

boundary conditions in the middle plane. The 

dimension size was 54×36×1.5mm (each ply 

thickness was 0.125mm), and 12 plies with material 

orientations of three repeated stacking sequence 

45/0/-45/90 were modeled, with 11 interfaces 

between each two plies. The radius of the centered 

hole was 6.0r mm . One side of the laminate was 

fixed and uniform displacement was applied to the 

other side. The areas highlighted in Fig. 11 were 

contact without damage judgment to prevent 

premature failure due to boundary effects. Multi-

scale failure criterion was applied to plies of the 

remnant part to simulate progressive failure of the 

laminate.  

As it’s a fully three-dimensional failure theory, 

inter-ply damage were also considered in the model, 

although it’s not a critical issue in the experiments of 

this paper. The constitutive relationship of the 

cohesive elements was defined using the traction-

separation law and the delamination evolution was 

defined using B-K law. Plies of the laminate were 

meshed using 3D liner hexahedral elements, and 

interfaces were meshed using liner cohesive 

elements. There are totally 23016 linear hexahedral 

elements of type C3D8R and 21098 linear 

hexahedral elements of type COH3D8. Mesh parts 

of the FE model are shown in Fig. 12. Material 

properties of three material systems are shown in 

Table 3. 

4.2 Numerical results and discussion 

The ultimate strengths predicted by numerical 

simulation are compared with experimental results 

in Fig. 13, and Table 4 is the averaged stress and 

strain on the boundary with the prescribed 

displacement loads, all of which show good 

agreement with the experiment. It can be seen that 

the stress-strain curves before final failure caused by 

fiber breakage are quite straight, which means 

matrix damage does not influence the whole 

stiffness of the laminate. The slopes of T300/5228 

and T300/5428 are nearly the same, while 

T700/5428 has a lower slope, and this is because the 

difference in tensile modulus of unidirectional 

laminates. All the three curves drop abruptly after 

final failure.  

Fig. 14 shows the simulated damage patterns 

immediately after final failure of open-hole tension 

laminates. It can be seen that there’s obvious 

difference between three material types, which are 

consistent with experimental results. T300/5228 

laminate has a brittle failure pattern, in which matrix 

dilatation and distortion failure occurs in a limited 

zone on both sides of the hole, perpendicular to the 

loading direction. Fiber tensile failure traverse 0°and 

±45°plies, while in 90°plies there is little fiber 

compressive failure near the hole caused by 

Poisson’s effect. In contrast with T300/5228, 

T300/5428 has almost the same fiber strength but 

lower matrix strength, whose damage patterns are 

quite different. There is much severer matrix 

dilatation and distortion damages before final failure 

in all plies, especially the matrix distortion damage 

of 0° plies in the vicinity of the hole which 

effectively relieves the stress concentration. In 

±45°plies the outline of matrix failure patterns are 

quite parallel with the fiber direction, which at some 
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extend replaces fiber breakage at final failure. 

T700/5428 has a much higher fiber tensile strength 

and the same matrix type as T300/5428, and its high 

strength of open-hole tensile laminate is mainly 

attributed to the fiber. There is extensive matrix 

dilatational and distortional failure in ±45°and 

90°plies, while fiber tensile failure only occurs in 

0°plies. In all of the three simulated damage patterns, 

each type of damage is slightly sever in inner plies 

than outer plies, which is caused by different 

boundary conditions in the normal direction. 

5. Conclusions 

A micromechanics-based, multi-scale failure 

criterion, which intends to build the quantitative 

relation of various macro-performance and the 

microstructure, was proposed for progressive failure 

analysis of fiber-reinforced composites. For the 

purpose of investigating the influence of constituent 

properties to macro performance of composite 

structures, open-hole tension tests were conducted in 

three composite systems with various combinations 

of fiber and matrix, which show distinctively 

different failure manners. The ultimate strength and 

failure patterns of open-hole tension problem 

predicted by the multi-scale failure criterion are in 

good agreement with those from experiments. The 

modulus of fiber and matrix as well as their relative 

strengths result in different failure modes of 

composite laminates. Generally speaking, in open-

hole tension tests, matrix damage in early loading 

stages alleviates the stress concentration in 0°ply, 

which effectively raises the ultimate strength of the 

laminate, while fiber strength is a key issue in the 

strength of the composites. The stress distributions 

in micro level are determined by the modulus of 

fiber and matrix respectively. 

As an exploration and attempt in the development 

of physical mechanism based failure models, the 

newly proposed multi-scale failure criterion achieves 

the whole processes of damage identification, 

determination and evolution, which helps to further 

understand the failure mechanism of composites. 

The potential of multi-scale failure theory in 

composites’ design, failure analysis and long-term 

life prediction needs to be further investigated, 

which can help designers to effectively optimize 

constituent constituent materials and laminate 

sequences, thus minimizing the cost and weight of 

composite structures. 
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Tables 

Table 1 Failure mode and critical value determination 

Failure 

mode 
Critical value 

Corresponding 

experiment 

Fiber 

tension 

Fiber tensile 

strength
ftX  

Unidirectional laminate 

0°tension 

Fiber 

compression 

Fiber compressive 

strength
fcX  

Unidirectional laminate 

0°compression 

Matrix 

expansion 

Matrix critical first 

stress invariant
1 critI 

 
Unidirectional laminate 

90°tension 

Influence factor  Unidirectional laminate 

10°tension 

Matrix 

distortion 

Matrix critical Von 

Mises stress 
VM crit 

 
Unidirectional laminate 

10°tension 

Table 2 Damage determination and material property 

degradation 

Failure 

mode 
Reference point 

Failure 

criteria 

Micro 

property 

degradation 

Fiber 

tension 

F1～F6(Square) 

F1～F8(Hexagon) 
f1 ftX   Fiber

1
E  

Fiber 

compression 

F1～F6(Square) 

F1～F8(Hexagon)） 
f1 fcX  

 
Fiber

1
E  

Matrix 

expansion 

M1～M10(Square) 

M1～M13(Hexagon) 

2

1 VM 1-critI I 

 

Matrix E ,
  

Matrix 

distortion 

M1～M10(Square) 

M1～M13(Hexagon) 
VM VM-crit 

 

Matrix 

E ,  

Note: 
f1 is fiber stress, 

ftX 、 fcX are fiber’s tensile strength and 

compressive strength, 
1I is the first invariant of stress, 

VM is 

von-mises stress,   is influence factor. 

Table 3 Material properies of UD laminate 

Material properties T300/5228 T300/5428 T700/5428 

Fiber volume 

fraction,Vf 
0.63 0.63 0.63 

Longitudinal 

modulus,E1(GPa) 
142 145 125 

Transverse 

modulus,E2=E3(GPa) 
9.46 9.74 7.8 

In-plane shear 

modulus,G12=G13(GPa) 
5.6 5.6 5.6 

Transverse shear 

modulus,G23(GPa) 
5.6 5.6 5.6 

In-plane Poisson’s 

ratio,v12=v13 
0.32 0.32 0.32 
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Transverse Poisson’s 

ratio,v23 
0.35 0.32 0.32 

Longitudinal thermal 

coefficient,α1(10-6/°C) 
-1.50E-07 2.80E-07 -9.70E-07 

Transverse thermal 

coefficient,α2(10-6/°C) 
3.54E-05 2.77E-05 2.09E-05 

Table 4 Comparison of simulated strength with 

experimental strength of open-hole tension 

Material 

type 

Experimental 

strength(MPa) 

Simulated 

strength(MPa) 
Error(%) 

T300/5228 325 311 4.3 

T300/5428 375 351 6.4 

T700/5428 517 493 4.6 

 

Figure captions 

 

Fig. 1 Composite macro-meso transition: (a) ply, (b) fiber 

arrangement assumption, (c) RVE 

 

Fig. 2 Representative distributions of fiber and matrix: (a) 

square, (b) hexagon 

 

Fig. 3 Representative volume element (RVE) and 

reference points chosen: (a) square RVE, (b) hexagon 

RVE 

 

Fig. 4 Failure envelope for polymer in composites 

 

Fig. 5 Failure envelope of matrix 
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Fig. 6 Flowchart for damage determination and evolution 

 

Fig. 7 Geometry of open-hole tension specimen 

 

 

Fig. 8 Load-displacement curve and fracture morphology 

of T300/5228 OHT specimen 

 

Fig. 9 Load-displacement curve and fracture morphology 

of T300/5428 OHT specimen 

 

Fig. 10 Load-displacement curve and fracture 

morphology of T700/5428 OHT specimen 

 

 

Fig. 11 Modeling strategy of open-hole tensile laminate 

 

Fig. 12 FE model of open-hole tension laminate 

 

Fig. 13 The simulated stress-strain curves of open-hole 

tension tests 
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Fig. 14 The simulated damage patterns immediately after final failure of open-hole tension:  

a)T300/5228, b)T300/5428, c)T700/5428 
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1 Introduction  
 
The understanding of matrix failure is of paramount 
importance, due to its complexity and effect on the 
structural behavior of the laminate. While transverse 
and shear damage are often treated independently, 
the associated cracks are similar in appearance and 
effect. Matrix damage is often quantified by its crack 
density. However, damage also can be presented as a 
state variable. The definition of damage state 
variables and their evolution laws are the foundation 
of continuum damage mechanics approaches, yet the 
available experimental data for shear damage 
evolution is limited. This paper focused on the shear 
modulus reduction due to transverse cracks and the 
evolution of transverse and shear damage variables.  
A modified Iosipescu coupon was designed to study 
the evolution of shear and transverse damage 
including their mutual interaction [1]. The layup and 
coupon geometry were selected in a way that 
controled the severity of the damage and allowed the 
measurement of shear and transverse stiffness 
degradation experimentally. The proposed method 
has advantages of easy specimen fabrication and 
uses a standard test fixture.   

2 Material degradation models 

The classical approach toward material degradation 
modeling in fiber reinforced composite materials is 
describing material stiffness as a function of crack 
density. There are different analytical, semi-
analytical and numerical models which focus on 
these solutions. Among the analytical models the 
Hashin model [2,3] and the shear lag theory by Tan 
et al. [4,5] were selected for this study. 
Hashin [2,3] analyzed the stiffness reduction of 
cracked cross ply laminates by a variational method 
on the basis of the principle of minimum 
complementary energy. Axial stiffness reductions 

were in good agreement with experimental data but 
shear modulus reduction was not evaluated. 
Tan et al. [4,5] proposed an analytical solution based 
on a shear lag theory for progressive matrix cracking 
in a composite laminate. The closed form solutions 
were obtained for laminate stiffnesses and Poisson’s 
ratio as function of crack density.  This analysis only 
required basic mechanical and thermal properties 
obtained from uniaxial ply testing. The model was 
compared with experimental data. However the 
comparison was done only for the axial stiffness and 
Poisson’s ratio.  
Another approach describes damage as a 
macroscopic state variable and defines material 
degradation in the framework of continuum damage 
mechanics [6]. In fiber reinforced composites, 
matrix damage can be described as cracks either 
parallel or perpendicular to the fiber direction. A 
damage tensor D (of rank two or four) can be used to 
represent damage with principal directions aligned 
with the material directions.  
Ladeveze and La Dantec [7, 8], were among the first 
to apply a damage mechanics model to composite 
laminates. In this model, damage mechanics was 
used to describe the matrix microcracking and 
fiber/matrix debonding. Ladeveze used different 
damage variables in shear and the transverse 
direction. Engblom et al. [9,10] suggested using the 
same damage variable in all directions. They used 
the Hashin criterion and assumed a linear relation 
between shear and transverse damage variables. 
Barbero and Lonetti [11], Barbero and Vivo [12], 
and Barbero et al. [13] proposed a damage model 
based on a second order damage tensor. A new 
expression for a damage surface was proposed, 
which reduced to the expression of the Tsai-Wu 
failure criterion in stress space. It was assumed that 
the lamina material directions coincide with the 
principal damage directions for a lamina as: 
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D�� = d�δ��  ; no sum on i, i,j = 1..3 (1) 

Therefore, the second order damage tensor can be 
characterized as a diagonal matrix, where d� are the 
eigenvalues of the damage tensor, which represent 
the damage ratio along principal directions. In this 
model there was no independent damage variable in 
the shear direction. Using the constitutive equation 
in the damaged configuration the shear damage 
variable was defined as: 

(1 − d�) = �1 − d�
�(1 − d�) (2) 

The damage models above [11-13] defined a shear 
damage variable as a linear function of a transverse 
damage variable. 
Thakkar and Pandey [14] proposed a model based 
on the Hashin failure criterion. This model assumed 
a plane stress state and damage was assumed to 
develop separately in the two axes. As with the other 
models reviewed here, they assumed a linear relation 
between the shear and transverse damage variables. 
Nuimer et al. [5] adopted the shear lag theory 
solution to find effective in-plane compliance 
relations of a matrix cracked lamina. They defined 
D2 and D6 as internal state variables representing the 
lamina damage state directly. 
The experimental study of the coupon under 
transverse load shows after a certain number of 
cracks, the cracks cannot be formed anymore.  
Applying more loads after this point may induce 
another type of damage like delamination, 
debonding between coupon and end tabs or cracks in 
the supporting plies. The maximum number of 
possible transverse cracks in the 90° plies of the 
laminate is known as the saturation crack density.  
Highsmith et al. [15] showed experimentally the 
saturation transverse crack density for E-glass/epoxy 
composite laminates depends on the lay-up pattern. 
Later, Altus et al [16], Ji et al. [17] , Schoeppner et 
al. [18] and Dharani et al. [19] did a comprehensive 
study on the transverse crack saturation in composite 
laminate with 90° plies. They found the transverse 
stress in the 90° plies decreases as the number of 
cracks increases. The reduction of the transverse 
stress around the damaged region continues until the 
transverse stress in the 90° plies actually becomes 
compressive.  However, tensile stress at the 
supporting layers, near the transverse crack tips, 

creates high stress singularity regions which can 
induce delamination over the interface of the 90° 
plies and supporting layers.  
 

3 Experimental Work 

One reason little data exists comparing the 
interaction of transverse and shear damage, is the 
difficulty of inducing axial and shear stress in the 
same test coupon. Not only must the coupon 
withstand axial and shear stress, the damage density 
must also be controlled. The Iosipescu and torsion 
coupons can induce transverse and shear damage. 
They have the capability of applying transverse or 
axial loads and introducing a predetermined crack 
density. The Iosipescu coupon was considered in 
this work.  

3.1 Coupon Design 

The coupon was designed to accommodate both 
axial and shear loading with controlled crack 
densities. A modified Iosipescu coupon with a 
[01/907]S layup was used. The characteristic V 
notches of the Iosipescu coupon were replaced with 
two slots machined on both sides of the coupon. The 
notch height was selected to remove only the 90° 
plies as shown in figure 1. The slotted region formed 
the coupon gage section where the desired crack 
density was introduced and was shown to have 
uniform shear stress when loaded in the Iosipescu 
test fixture [1]. Under axial tension, transverse 
damage in the 90° plies occurred at a lower strain 
than damage in the 0° plies. 
Test coupons were fabricated from S-glass/epoxy 
prepreg using hand lay-up and an autoclave cure. 
Following the cure of the glass plates, e-glass/epoxy 
cloth prepreg was applied to the ends of the 
specimen to provide a compliant load path from the 
specimen to the grip.  
In this experiment, a modified Iosipescu shear 
fixture was used, where the lower grip was free to 
slide in axial direction. This modification decreased 
the axial load and possible bending over the gage 
area compared to fixed lower grip design. Figure 2 
shows the modified Iosipescu test fixture and the 
free sliding grip.  
 
 

3.2 Material degradation tests 
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The displacement and strain of the slotted coupon 
were measured using digital image correlation (DIC). 
DIC is a noncontact optical method using images of 
the test surfaces taken at different load and 
displacement configurations. In this work images 
were recorded from two cameras providing a three 
dimensional description of deformation.  
Because of the slotted coupon’s increased length, 
bending effects, while loaded in shear, were a 
concern. To study the effect of bending on the strain 
field the axial and shear strain were compared along 
the line O-O’ in figure 3.  
Figure 4 shows that the ratio of axial strain to the 
shear strain is small (less than 3%), leaving the gage 
section under nearly pure shear loading. The natural 
distribution of bending strain and the extension of 
the supporting layer beyond the slots resulted in a 
low bending strain over the gage section.  
The slotted coupons were first subjected to an axial 
load to introduce transverse damage in the 90° plies. 
The numbers of cracks were counted using the DIC 
spatial strain field and the load-displacement curve 
in situ. The load was stopped when the required 
number of cracks was achieved. Figure 5 shows the 
axial shear strain field of the coupons after 1, 3 and 
5 cracks which clearly show the crack density. 
Figure 6 shows the load-displacement curve for a 
coupon loaded to 6 cracks. The applied load had a 
similar decrease after each crack (190 N). The 
numbers of cracks was checked using a dye 
penetrant, which agreed with the in situ measures. 
To measure the transverse stiffness reduction from 
the transverse cracks, the axial test was repeated. 
The second axial test was done with a maximum 
load of 40% UTS to measure the elastic axial 
stiffness without inducing further damage. 
After the axial test, shear was applied using the 
modified Iosipescu fixture with a cross head speed 
of 0.5 mm/min. The displacement and strain of the 
coupons with pre-existing transverse damage were 
recorded using DIC and averaged over the gage 
section. The linear part of the shear stress–strain 
curve was used to determine shear modulus.  
 

4 Results and discussion 

4.1 Material degradation analysis 

Material softening or damage was observed in the 
axial tests of the slotted coupons as shown in figure 

7.  The loading curves nearly coincided while the 
slope of the reloading curves was proportional to the 
transverse crack density. The stress-strain curves 
showed approximately the same stress reduction 
after each crack; showing that all cracks were of 
similar size. The damage was primarily in the form 
of transverse cracks in the 90° plies. The slope of the 
reloading curve was used to obtain the axial 
laminate stiffness reduction. 
Figure 8 compares the experimental axial stiffness 
reduction with shear lag theory [4,5] and the Hashin 
model [2], where Ex0 is the initial axial stiffness of 
the intact laminate. The agreement is generally 
favorable, particularly at the higher crack densities.  
The prediction of the shear lag and Hashin model for 
axial stiffness reduction is exactly the same even 
though they use different methods for the simulation 
of the material stiffness degradation. 
Figure 9 compares the experimental shear modulus 
reduction with shear lag theory and Hashin’s model. 
The comparison shows that these analytical models 
overestimate the shear modulus reduction, 
particularly at higher crack densities. Interestingly, 
both analytical models tend to agree at all crack 
densities. The difference between the models and 
experiment suggest that a shear mechanism has not 
been properly described.  
One possible reason for the difference between the 
predicted and experimental shear modulus reduction 
is friction between the crack faces. Frictional forces 
between crack faces transmit shear and would tend 
to increase the shear modulus, particularly in the 
presence of axial compression. The transverse 
stiffness is not sensitive to friction along the crack 
faces, which explains agreement in that direction.  
 

4.2 Damage evolution 

To study material degradation in the framework of 
continuum damage mechanics, the damage variables 
and evolution models should be defined.  
Two methods were used to describe damage. In the 
first method damage was defined for the whole 
laminate including the 90° plies and supporting 
layers. In this case the laminate was defined as a 
continuum body for which damage should be 
defined. In this approach, damage represents the 
laminate stiffness reduction.  
Figure 10 compares the experimental values of dL

2 
and dL

6 where damage caused less softening in shear 
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than in the transverse direction. The general 
proportionality between dL

2 and dL
6 expressed by all 

the models for damage less than 0.5 was not 
observed experimentally.  
In the second method, damage was defined only for 
the 90° plies by assuming there was no damage in 
supporting layers. Here damage represents stiffness 
reduction in the damaged 90°plies not the whole 
laminate. To calculate damage, the following 
procedure was applied for every test case. Damage 
from the axial load in the 90° plies, E2, was inferred 
from changes in Ex using lamination theory and 
assuming no damage in the 0° plies. The shear 
modulus was found from the Iosipescu shear tests in 
the same way as the transverse damage, then the 
damage variables were calculated as 

d� = 1 −
E�

E
�

�
 

(3) 

d� = 1 −
G��

G
��

�
 

where d2 was the damage ratio in the transverse 
direction and d6 was the damage ratio in the shear 
direction, E2

0 and G12
0 were the undamaged 

transverse and shear moduli. Table 1 shows the 
damage variables for each crack density. 
Figure 11 compares the experimental values of d2 
and d6 where less softening was again observed in 
shear than in the transverse direction. The analytical 
models are less similar to the linear models than was 
observed for laminate damage in figure 10. While 
the analytical models agree better with experiment 
than the linear models, both types of models do not 
fully described the lower shear softening observed 
experimentally.  
A regression analysis showed that shear and 
transverse damage were related by  

�1 − d�
� = (1 − d�)

�

�
 (4) 

 Equation 4 is included in figure 11 for comparison.  

4.3 Upper limit for damage variables 

Damage variables theoretically can be increased to 1. 
In terms of material properties, this means the 
residual stiffness goes to zero. Considering the study 
of the transverse crack saturation, there is a 
maximum value (upper band) for the transverse 

damage variable which is called d2u. Increasing the 
load beyond where d2u occurs changes the damage 
mechanism for damage.  In a continuum damage 
model the simulation of transverse damage evolution 
should take d2u into account.  
In this work the compressive stress criterion was 
used to find the transverse crack saturation. To find 
the stress components in the 90° plies, a finite 
element model was used. Three dimensional finite 
element models of the slotted coupons were created 
(ABAQUS, version #6.11). A symmetry plane was 
defined along length of the coupon so that half of the 
coupon was modeled. A 20 node iso-parametric 
brick element was used for the whole model except 
the notch area around the slot region where 
quadratic tetrahedron elements were used. 
Using the finite element model, the longitudinal 
normal stress distribution at the laminate mid-plane   
along the line C-C’ is plotted as shown in figures 12 
and 13. In figure 13 the stress is normalized by its 
far field value for different crack densities. The plot 
shows the axial stress is tensile at the midplane for 
the crack densities less than 2.4 cracks/cm while it is 
compressive for the crack densities greater than 2.4 
cracks/cm, implying a saturation crack density of 
approximately 2.4 cracks/cm. Also the stress 
distribution is almost the same for cracks density up 
to 1.2 cracks/cm. The maximum longitudinal stress 
starts to decrease for crack densities higher than 1.2 
cracks/cm. To more accurately find the saturation 
crack density the normalized longitudinal normal 
stress at point C’ between two cracks was plotted 
versus crack density was plotted in Figure 14. The 
results show that 2.35 cracks/cm can be defined as 
the transverse crack density saturation for this lay-up. 
The experimental investigation also confirmed that 
after 2.4 cracks/cm the laminate reaches a saturation 
state. Increasing the load after 2.4 carcks/cm resulted 
in other types of damage without additioal transverse 
cracks. Using figure 8 the value of E2 was 
determined for the saturation crack density of 2.35 
cracks/cm and then the value of d2u for this lay-up 
was calculated by equation (3). Considering the 
value of d2u for [0/907]s lay-up and using equation 
(11) the transverse and shear damage relationship 
can be modified as 

�1 − d�
� = (1 − d�)�.��       if     d� ≤ 0.65 (5) 
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5 Conclusions 

The lack of experimental data for shear damage 
evolution has hindered our understanding of mutual 
effects between matrix damage variables. This study 
investigated the relationship of transverse and shear 
damage experimentally. A modified Iosipescu 
coupon was designed. Transverse damage was 
introduced to the specimens after which they were 
loaded using a modified Iosipescu shear test. The 
experimental results showed the common 
assumption of a linear relation between matrix 
damage variables is not correct.  Shear damage was 
found as the fourth root of transverse damage.  An 
upper limit for damage was determined 
experimentally and verified numerically.  
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Crack density  

(cracks/cm) 

Damage variables 

d2 d6 

0.4 0.23 0.051 

0.8 0.37 0.099 

1.2 0.47 0.157 

1.6 0.53 0.205 

2.0 0.59 0.220 

2.4 0.65 0.241 

Table 1. Damage variables for every test case 
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Fig.1. Slotted shear/tension coupon
 
 

Fig 2. The modified Iosipescu test fixture and the free 
sliding direction

 
 

Fig 3. Slotted coupon used to study bending while loaded 
in shear.

 
Fig.1. Slotted shear/tension coupon 

 
2. The modified Iosipescu test fixture and the free 

sliding direction 
 

 

. Slotted coupon used to study bending while loaded 
in shear. 
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Fig 6. The load-displacement curve for a coupon with six 

cracks 
 

Fig. 7. The axial stress- strain curve of a 2.4 cracks/cm 
coupon and reloading curves for all test cases 

 
 
 

Fig 8.Cracked laminate axial stiffness reduction 

 

Fig 9.Cracked laminate shear modulus reduction 
 

 
Fig 10. Shear damage vs transverse damage for the whole 

laminate 
 
 

 
Fig 11. Shear damage vs transverse damage for 90° plies 
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Fig 12. Laminate containing cracked plies 
 
 

Fig 13. Normalized longitudinal 
longitudinal direction C

transverse crack densities
 

Fig 14. The variation of the normalized longitudinal 
normal stress verses crack density at point C’ (figure 

 
Laminate containing cracked plies  

 
Normalized longitudinal normal stress along the 

C-C’’ (figure 12) for various 
transverse crack densities. 

The variation of the normalized longitudinal 
normal stress verses crack density at point C’ (figure 12). 
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1 Introduction

Due to the inherent environmental benefits of using
natural resin (tannin from plants) and natural fibre
(flax), flax/tannin composites could potentially offer
desirable characteristics aiming at reducing the
environmental footprint of superlight electric
vehicles through the use of bio-materials for load-
bearing parts such as vehicle body panels, crash
elements, side panels and body trims [1-3]. One of
the main limitations for the composites is that the
hydrophilic property of flax leads to high water
sensitivity of final composites and the poor
fibre/hydrophobic matrix interface quality,
influencing the mechanical properties. In order to
solve the above problems, adequate fibre surface
modifications, mainly chemical treatments, have
being investigated for many years.

The flax fibre mainly comprises of polysaccharides
including cellulose (64.1%), hemicellulose (16.7%),
pectin (1.8%) and lignin (2.0%), with minor
components such as bound water, waxes, and other
inorganic materials [4]. The fibrils of cellulose in the
crystalline form are deposited within the
hemicellulose and lignin acting as an amorphous
phenolic polymer matrix. The existence of hydroxyl
groups in the components may be modified for
hydrogen bonding with cellulose groups or in order
to introduce new moieties that form effective
interlocks within the system. Mercerization,
acetylation, silane treatment, and other fibre pre-
treatments are commonly used for flax modifications
to improve the composite performances [5].

Alkali treatment of natural fibres, also called
mercerization, is used to produce high-quality fibres.
Mercerization changes the chemical composition of
the flax fibres, degree of polymerization and
molecular orientation of the cellulose crystallites due
to cementing substances like lignin and

hemicellulose which are removed during the
mercerization process [6]. Alkali treatment also
produces fine cellulose fibres by transferring
crystalline from cellulose I into cellulose II [7]. The
21.9% and 16.1% improvement of tensile strength
and flexural strength of flax/epoxy composites were
found after appropriate alkali treatment of 5wt%
NaOH for 30 min [8]. About 25% tensile and
flexural strength improvement in 18% acetylated
flax fibre with PP-flax fibre composites (30% fibre)
was recently reported [9].

Acetylation is a well-known esterification method
originally applied to wood cellulose to stabilize the
cell walls against moisture, improving dimensional
stability and environmental degradation. In
lignocellulosic material the acetic anhydride reacts
with more reactive hydroxyl groups (OH), which are
in lignin and hemicellulose (amorphous material),
whereas the hydroxyl groups of cellulose (crystalline
material) prevent the diffusion of reagent and result
in low extent of reaction [10]. Tensile and flexural
strengths of flax/PP composites were found to
increase with increasing degree of acetylation up to
18% and then decreased [11].

Silane coupling agents are found to be effective
in modifying the natural fibre-matrix interface.
Proper treatment of fibres with silane can increase
the interfacial adhesion to the target polymer
matrices and improve the mechanical performances
of the composites. Silane is hydrolysed forming
reactive silanols and is then adsorbed and condensed
on the fibre surface (sol-gel process). The hydrogen
bonds may be further converted into covalent bonds
by heating the treated fibres at a high temperature
(see in

Figure ). The suitable silane modification for fibres
in epoxy composites was aminopropyl triethoxy
siloxane (APS) and for methacryloxypropyl
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trimethoxysilane (MPS). 3% APS solution combined
with alkali treatment was found to provide better
moisture resistance [12].

Enzymes are an increasingly interesting option.
when combined with chemical and mechanical
methods for modification and processing of
biomaterials. Oxidative enzymes, such as laccases or
peroxidases, can be used to activate and further
functionalise lignocellulosics [13]. The primary
reaction of laccase is the oxidation of phenolic
hydroxyls to phenoxy radicals in the presence of
oxygen. The laccase-catalysed modification can be
used to tailor the properties of various
lignocellulosic materials, including flax fibre
materials based on the application needs [14]. Lauryl
gallate (LG), a hydrophobic compound with
strongest internal sizing effect, were grafted on
cellulosic fibres, and the results showed significant
reduction of water penetration [15; 16].

The hydrophilic character of natural fibres cannot be
neglected, as water absorption/aging play an
important role in degradation and decrease of
mechanical properties of the resultant bio-
composites. [17]. Assarar and his co-workers [18]
reported how the water ageing influences the flax
and glass epoxy composites with 11 unidirectional
plies. A 30% decrease of young’s modules of flax
fibre composites in the first 10 days showed a much
worse result from water ageing, in comparison with
the 9% modulus decrease of glass composites even
at the saturation time. It is reported by Stamboulis
and his co-workers [19] that moisture content
affected stiffness of flax/PP composites more than
tensile strength. The stiffness increased somehow at
low moisture content due to the filled interfacial gap
by swelling flax fibres, while it decreased
significantly at 7% moisture content. A study of
moisture absorption and environmental durability of
flax (Green and Duralin)/PP composites was
conducted by Stamboulis and his co-workers [19].
Green flax/PP composites were clearly more
sensitive to water than Durbin flax ones, meanwhile
the addition of MA (maleic-anhydride)-PP lowered
the initial water uptake rate with little effect on the
maximum moisture content.

Alkali, acetylation, silane treatment and enzymatic
treatment were selected in the study to modify non-
woven flax mats to prepare flax/tannin composites

through compression moulding. The effects of fibre
pre-treatments on water absorption and tensile
properties of composites, together with the water
aging, were investigated through adequate
experiments, such as scanning electronic microscope
(SEM), water absorption measurement and quasi-
static tensile testing.

2 Materials and methods

2.1 Materials

Non-woven flax fibre mats with different surface
treatments were supplied by Valtion Teknillinen
Tutkinuskesku (VTT), Finland. The mercerization
was made by immersing the flax mats into 5 %
NaOH solution for two hours, washing them two
times thoroughly with water and drying in 50°C for
12 h. This NaOH treatment was made as pre-
treatment also for butanetetracarboxylic acid
(BTCA) and amiopropyltriethoxysilane (APS)
treated mats. The BTCA treatment was done by
spraying 1% BTCA-water solution on both mat
surfaces to an amount respecting 5% of BTCA on
fibres. APS treatment was made for moist mats by
spraying 1% APS in ethanol-water solution (80:20)
on both mat surfaces. Treated and untreated non-
woven flax mat reinforced tannin composites
manufactured by compression moulding were
provided by University of Lorraine-ENSTIB
(Error! Reference source not found.). Two mat
layers were used in each composite to obtain 50 wt%
of fibre/resin ratio.

2.2 Characterisation and tests

Scanning electronic microscope (SEM). Fibres
were carefully extracted from the treated and
untreated flax mats, and then were examined using a
XL30 SFEG analytical high resolution scanning
electron microscopy (SEM), supplied by FEI. Prior
to SEM investigation, the test specimens were
vacuum-coated to avoid the electrical charging
during analysis. The whole examination was carried
out at room temperature to produce micrographs of
surfaces at various magnifications.

Water absorption measurement. The moisture
sensitivity is measured according to the standard
ASTM D 5229. Specimens in the size of 150×10mm,
were immersed in a sealed bath of distilled water
(100% humidity) at room temperature to study the
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effects of fibre treatments on the water uptake of
composites. All the samples were placed in the oven
at 60°C for 24 hours before the water immersion.
When the samples were taken out from water at
certain time interval, the wet surface of the sample
was quickly dried and weighted. The moisture
content (Mt) was obtained according to the equation
as below:

M୲=
W୲−W

W
× 100%

Where Wt is the weight of the wet composite
specimen at time t and W0 is the mass of the oven-
dry specimen.

Quasi-static tensile testing. Tensile tests according
to ASTM 3039 were carried out using a universal
Instron 500/100 machine. The crosshead speed used
was 2 mm/min and the gauge length was 150 mm.
The tensile properties of both dry and 3-day water
immersed composites were tested. DIC (digital
image correlation) method was used for dry samples
to minimize the factor of dimension change. Since
the wet samples require immediate tests after leaving
the water, a laser extensometer was applied to ensure
the accuracy of the strain.

3 Results and discussion

3.1 SEM investigations

The SEM micrographs indicate the effects of fibre
treatments (5% NaOH, butanetetracarboxylic acid
(BTCA), amiopropyltriethoxysilane (APS) and
laccse (benzenediol)-dodecyl gallate (LC-D)) on the
fibre surface morphology. The magnification of the
images was set at 2500 for the unmodified flax fibre
and 5000 for modified types.

Figure 2 shows the original surface topography of
the supplied flax fibres from the untreated flax mat.
The neat fibre structure was not clear and partially
covered by attached substances, such as fibre waxes
and fats. A very effective procedure to purify the
flax fibres is alkalization using NaOH, resulting in
the removal of wax, the primary cell wall and other
additives [7]. It can be seen from Figure 3 (a) that
the fibre surfaces became more structured with
obvious striations as the lamella got ordered by flax
fibre fibril. This difference is due to the dissolution
of lignin, hemicellulose, and waxy materials which

increases the inter-fibrillar region and imparts a
rough texture to surface [8]. However there were
still residual granular particles corresponding to
lignin on the surface. The knuckle –swellings and
disclamation as present in the raw fibres can still be
found after NaOH-treatment. It has been reported
that the higher NaOH concentration (10%) may start
the conversion of the crystalline form from cellulose
I to cellulose II, which causes deeper and broader
striation [8]. The surface features of fibres are also
clearly visible for other three modifications (BTCA
and APS) as shown in Figure 3(b) and (c). More
structure of raw fibre cell wall on the three
treatments was exposed on the fibre surface than that
of the NaOH-treated flax fibre to increase the
roughness, revealing potential for fibre/matrix
adhesion improvement. In addition, it can be
observed from Figure 3(d) that there was a thin layer
with many small protrusions, considered as the
grafted Doga compounds to reduce the
hydrophilicity. In conclusion, the rougher fibre
surfaces resulting from all the four treatments have
the potential to improve the fibre/matrix adhesion.

3.2 Effects of treatments on water absorption

Theoretically, the absorbed water mass varies
linearly according to the square root of immersion
time as long as the concentration in water remains
zero in the middle off the plate. For values Mt/Mm

lower than 0.6 approximately, the initial part of the
Wt- square t curve can be correlated by:

Slope =
Mଶ−Mଵ

√tଶ− √tଵ
=

4M୫

hටπ

√D

Where M2 and M1 are the initial moisture content, t2

and t1 are the corresponding time, D is the diffusion
coefficient in dimensions of [length2 time−1].

Figure 4 shows moisture content versus time of the
flax tannin composites. The moisture content of flax
fibre composites increased with increasing
immersion time and eventually achieved the
maximum values at the equilibrium state. The curves
exhibited a linear initial part, followed by an
equilibrium plateau, which show strong agreement
with a typical Fickian behaviour. All the tested
specimens presented high water sensitivity and
reached the saturation stage only after 72 hours. The

ICCM19 5620



hydrophilic flax fibres containing many -OH groups
in the manufactured flax/tannin composites are able
to easily combine with water, resulting in swelling,
plasticizing and even degradation, which may reduce
the mechanical performances. In addition, the
microvoids or gaps, caused by the incompatibility
between hydrophobic tannin resins and hydrophilic
flax fibres could be filled with permeated water.

The surface treatments on the investigated flax fibres
directly influence the hydrophilicity and the surface
adhesion, consequently leading to the various
moisture absorption results, such as maximum
moisture content (Mm) and diffusion efficiency (D),
as seen in Table 2. At the saturation point, the type 1
(NaOH treated) composites absorbed about 3% less
moisture than type T (unmodified) composite,
whereas, the other four treated composites showed
higher maximum water content. The flax/tannin
adhesion may be improved through the rougher fibre
topography after alkali treatment as shown in the
SEM images; however the micro-gaps may be
increased due to the removal of interfibrillar matrix
material, such as lignin and pectin. Due to the
similarity of the maximum moisture content (32%)
within composites type 2, 3 and 4, it can be
supposed that the crosslinkage (BTCA and APS) and
lignin removal (laccase) affected the water
sensitivity at the same level. Another interesting
observation is that an increase of more than 10%
was observed in maximum moisture content of type
4 (laccase-Doga) compared to the neat composites.
The grafted hydrophobic polymers were observed in
SEM images as protrusions. The author believes that
the small water molecules may penetrate fibre
surface easily due to steric hindrance (more space)
from incorporated big phenolic groups.

The rate at which moisture diffuses into or out of
any solid through a cross section unit is determined
as diffusivity D, also called flux, obtained through
Fick’s second law. According to the equation
applied in the early stage of water diffusion, the
diffusivity is proportional to the curve slopes shown
in Figure 4. At 100% humidity type 2 and type T
composites display the highest (6.77×10-3cm2/s)
and lowest (3.10×10-3 cm2/s) diffusion coefficient,
respectively. It has been observed that the diffusivity
of all the treated-flax composites from type 1 to type
5 is higher compared with neat flax composites.
After the initial linear diffusion process, it is obvious

that water diffusivity decreases rapidly with
increased water concentration in the composites. The
reduced diffusivity significantly slows down the
approach to the saturation point or final equilibrium
due to the presence of swelling stresses of the flax.

3.3 Effects of treatments on tensile properties

Tensile tests for composites with untreated and
treated flax fibres were carried out before and after
3-day water immersion. The tensile strength and
tensile modulus at two testing environments were
presented in Figure 5 and Figure 6, respectively. The
tensile properties, such as tensile strength and failure
strain, are greatly influenced by the moisture
sensitivity and fibre/matrix interphase. The effects of
fibre surface modifications on tensile performances
were studied in parallel with the investigation of
water aging of flax/tannin composites.

with regards to the influence of treatments on
composites, the 5% NaOH (type 1) and NaOH-
BTCA (type 2) seem to be the only treatment
resulting in tensile strength of around 58 MPa. The
strength of the other composites is lower than that of
the neat flax composites. This fact is possibly related
to the loss of intra-matrix (e.g. hemicellulos)
between micro-fibrils during surface treatments. The
NaOH-APS treated flax composites showed the
smallest tensile modulus of 5.6 GPa, around 10%
less than that for untreated composites. Singha et al
[12]. have reported that the APS treatment will
destroy packing of the cellulose chains and cause
disorder in the crystalline pattern, which dominates
the high tensile modulus (up to 50GPa) of
elementary flax fibres. For wet composites, NaOH,
NaOH-BTCA modified flax composites also had
similar tensile strength of around 48 MPa, in line
with the strength of untreated samples.

It is obvious that the tensile strength and tensile
modulus significantly decrease after immersing the
samples into water bath for 3 days to achieve the
saturation point obtained in the water absorption
analysis. The decrease of tensile strength is about
20% during 3 days of immersion for untreated flax
tannin composites, while the value of NaOH and
NaOH-BTCA treated composites dropped 13% and
16%, respectively. This suggests that these two
modifications slightly increase the mechanical
stability in moisture environment. However, the
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strength reduction for other treated samples was
higher than neat composites. The relative high
strength reduction of 28% and 35% occurred for
Laccase-Doga and laccase treated composites. The
Young’s modulus of neat composites decreased
about 45% at saturation, while the reduction of
young’s modulus for treated samples is also over
40%. This indicates that all the fibre treatments have
much less influence on composite modulus after
water aging.

Unlike the brittle failure of dry composites, fibre
pull-out dominates the failure mechanism in the
NaOH treated failed sample shown in Figure 7. .
There was almost no crack through the fibres, most
of which were pulled out from the matrix. Due to the
hydrophilic property, some penetrated water was
absorbed on the fibre surface, giving rise to the
deterioration of the fibre/matrix adhesion. All the
NaOH treated samples show the same effect on the
tensile behaviour affected by water aging. Recent
studies [18-20] have reported the effect of water
uptake in bio-composites limits their outdoor
applications. In general, there are three ways to
understand the term ‘water absorption’: (1) water
diffuses directly into the matrix; (2) through the
interphase matrix/reinforcements; (3) by
imperfections, like pores and cracks formed during
processing. Except the moisture content in wet
condition, the transport of water during water uptake
depends on many parameters, including temperature,
coating effects, and other nature properties of
composites [18].

4 Conclusions

Five fibre pre-treatments were employed and
expected to enhance the performances of flax/tannin
composites. The modifications result in rougher
fibre surface. The water sensitivity of composites is
not reduced by these treatments as expected.
However, the NaOH and NaOH-BTCA composites
maintain the tensile properties at dry status and show
a better resistance to water aging than untreated
composites. In addition, NaOH-APS, laccase and
LG-D treatments result in more consistency in the
tensile properties of the composites.
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Table 1. Investigated flax composites and flax mats.

Composite
type

Treatment
method

Studied fibre
mat

T None Yes
1 NaOH Yes
2 NaOH+BTCA Yes
3 NaOH+BAPS Yes
4 Laccase No
5 Laccase-

Doga
Yes

* BTCA- Butanetetracarboxylic acid, APS- Amiopropyltriethoxysilane,
Laccase-Benzenediol, Doga-dodecyl gallate.

Table 2. Average water absorption results of tested
composites.
Name Average

thickness
(mm)

Maximum
moisture

(%)

Initial
slope

Initial
diffusivity

1 2.82 25.03 0.88 3.20
2 3.33 32.22 1.39 6.77
3 3.12 32.14 1.30 5.24
4 2.93 32.14 1.14 3.54
5 3.14 38.89 1.69 6.09
T 3.02 27.87 0.90 3.10

Figure 1. Grafting of silanols on flax fibre surface
(redraw from Singha er al.[12]).

Figure 2. The SEM morphology of neat flax fibre.
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Figure 3. SEM morphologies of treated flax fibres:
(a) 5% NaOH treated; (b) BTCA treated; (c) APS
treated; (d) LG-D treated.

Figure 4. Water absorption of studied flax
composites.

Figure 5. Tensile strength of dry and wet
treated/neat composites

Figure 6. Tensile modulus of dry and wet
treated/neat composites

Figure 7. Tensile failed NaOH-treated sample after
water immerion.
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Abstract 

Increased environmental awareness and the demand 

for improved sustainability and biodegradability has 

lead to increased interest in naturally derived 

materials. All-cellulose composites (ACCs) 

represent one group of green, bio-compostable 

composites with the potential to overcome our 

dependence on non-renewable polymers. Research 

on ACCs to date have demonstrated the excellent 

potential mechanical properties achievable, 

however, the majority of these studies are largely 

fundamental in nature. The work outlined here aims 

to redress this by demonstrating the possibility of 

adapting an existing manufacturing technique to 

produce larger and thicker ACCs. Solutions of 

various celluloses pre-dissolved in the ionic liquid 

(IL) 1-ethyl-3-methylimidazolium acetate (EmimAc) 

were used to impregnate cellulose textiles using a 

roller system. Storage of the impregnated layers 

allowed a limited amount of moisture to solidify the 

dissolved cellulose resulting in prepreg style ACC 

laminate layers. These ACC prepregs were then 

consolidated into a multi-laminate ACC using hot 

pressing at 120°C. The IL was washed out using 

distilled water and the ACC laminate was dried 

resulting in a final composite 100 by 100 mm with a 

thickness of around 2 mm. Analysis showed void 

reduction with increasing processing time, with 

samples processed for 4 hrs showing significant 

improvements over the 1 and 2 hr samples. 

Mechanical testing revealed tensile strengths of 

around 100 MPa for all ACCs. Young’s modulus 

and flexural properties increased as void content was 

reduced, whereas elongation to failure values 

reduced. The laminates produced had high fibre 

volume fractions in excess of 80%. The effect of 

different matrix celluloses had a limited effect, 

partially due to the void content and in part due to 

the low matrix volume in the composite. The 

procedure developed allows for the up-scaled 

manufacture of ACCs with good mechanical 

properties based on a currently widespread 

composite processing style. 

 

1 Introduction  

The combination of high mechanical properties, 

widespread availability, biodegradability and 

sustainability has generated much interest in 

cellulose as a potential replacement for existing 

petro-chemically derived polymers [1,2]. Cellulose 

is made up of a complex network of glucose units 

interconnected by hydrogen bonds. Glucose units are 

linked at the C1 and C4 positions, and two glucose 

units rotated at 180° to each other are linked to form 

cellobiose. Linear molecules of cellobiose are 

coupled to form cellulose chains [3]. The length of 

the chain depends on the number of glucose units, 

referred to as degree of polymerization (DP) [4]. The 

source of the cellulose largely determines the degree 

of polymerization. Native cellulose has a very high 

DP, ranging to well in excess of 10000 in cellulose 

sources such as cotton and linen [5,6,7]. However, 

the DP can decrease by 40% with dissolution 

processing, in some cases reducing the potential 

strength of cellulose composites [8]. Intrinsically, 

cellulose has excellent mechanical properties, 

providing the structural support in plants [9]. As 

such, strength and stiffness values for cellulose I or 

native cellulose have been reported to be as high as 

13-17 GPa and 130 GPa, respectively [10,11,12].  

These excellent potential mechanical properties have 

induced substantial research in the area of 

biocomposites with the aim of transferring these 

properties to replace petro-chemically derived 

materials [13]. Cellulosic fibres have to date been 
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widely used as reinforcement for polymers, although 

chemical incompatibility between the hydrophobic 

polymer matrix and hydrophilic cellulose has led to 

difficulties in fully exploiting the mechanical 

properties of cellulosic fibres. Despite improvements 

in fibre-matrix adhesion via a variety of chemical 

and physical methods, issues still remain in terms of 

the optimization of mechanical properties, rise in 

production cost  and biodegradability of modified 

cellulose fibres [13,14,15].  

Recently, the concept of single-polymer composites 

has been explored to allow fabrication of pure 

cellulose composites. All-cellulose composites 

(ACCs) are hypothesized to overcome the fibre-

matrix incompatibility issues as both the matrix and 

reinforcement phases are chemically similar [16]. 

ACCs can still be termed composites as the fibre and 

matrix may be different polymorphs of cellulose 

and/or exhibit differences in crystallinity. Processing 

of ACCs involves either partially dissolving 

cellulose fibres in a solvent to form the matrix phase 

in situ [17] or fully dissolving cellulose in a solvent 

and then adding cellulose-based reinforcement fibres 

[18]. Research in the ACC field has demonstrated 

desirable mechanical properties with tensile 

strengths reported to be as high as 400-500 MPa and 

an elastic modulus of 18 GPa for bi-axial composites 

[16]. Most studies of ACCs in the literature to date 

have focussed on producing single layer, lab-scale 

composites [19]. Recently, Huber et al. developed 

an up-scaled manufacturing process termed solvent 

infusion processing (SIP) that is conceptually based 

on vacuum-assisted resin transfer moulding. SIP of 

ACCs is based on the partial dissolution principle 

using cellulose fibre textiles. The ACCs produced 

via SIP have a reported strength and modulus of 100 

MPa and 5 GPa, respectively [20]. 

The synthesis of ACCs requires solvents capable of 

interrupting the strong inter- and intra-molecular 

hydrogen bonding within cellulose crystallites. 

Some ionic liquids (ILs) such as 1-ethyl-3-

methylimidazolium acetate (EmimAc) are highly 

efficient solvents for cellulose, capable of dissolving 

around 20 wt. % [21,22,23,24]. Viscosity plays a 

major role in the dissolution of cellulose, with an 

increase in temperature reducing the viscosity and 

increasing dissolution capability, with temperatures 

between 80 and 130°C accounting for the vast 

majority of cellulose dissolution studies [3]. The 

interaction between cellulose and IL is disrupted 

during regeneration by the addition of a coagulant 

such as water, acetone or ethanol. ILs are largely 

recyclable due to their low volatility, making ILs 

clean and environmentally friendly solvents [25,26].  

The focus of the present research is to develop an 

industrially-orientated processing route for ACC 

laminates that is based on a prepreg approach. Pre-

impregnated textiles (or prepregs) are extensively 

used in the manufacture of traditional composite 

laminates for increasing the production rate and 

quality of the final composites [27]. This processing 

route allows for high quality composites to be 

produced with high fibre volume fractions by 

negating the need for hand impregnation of the 

textiles. The effect of the DP of the dissolved 

cellulose matrix material and its effect on the 

properties on the final composite are also 

investigated. 

 

2 Materials and Method 

2.1 Preparation of precursors  

Cellulose powders (Sigmacell Type 20, Sigma-

Aldrich, St. Louis, USA, DP~200; and Arbocel BC 

200, J. Rettenmaier & Söhne GmbH, Rosenberg, 

Germany; DP~1500) and pulp (Cordenka GmbH, 

Obernburg, Germany; DP~800) were each fully 

dissolved in 1-ethyl-3-methylimidazolium acetate 

(EmimAc, Sigma-Aldrich) at 100°C. 10% cellulose 

by weight was added to the IL for each of the 

celluloses. Dissolved Sigmacell, pulp and Arbocel 

matrix materials are denoted as S, P and A, 

respectively. Rayon fibres (Cordenka GmbH) were 

prepared as a woven textile (K2/2) with an areal 

weight of 450 gm
-2

. The matrix materials and textile 

were dried at 100°C under vacuum prior to use. 

2.2 Prepreg processing 

The rayon textiles were impregnated with the 

various cellulose solutions (S, P and A) using a pair 

of rollers (Fig. 1). These layers were then stored for 

24 hrs under ambient conditions in a sealed 

container. The mass of the pre-impregnated laminae 

was measured before and after storage. 
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2.3 Preparation of ACC laminates 

4 of the prepreg laminae were hot pressed at 120°C 

under vacuum for times of 60, 120 and 240 min 

using a pressure of 2 MPa (Fig. 1). Samples are 

designated by matrix type and processing time (e.g. 

S60 indicates a sample based on a Sigmacell matrix 

and processed for 1 hr). The hot-pressed 

consolidated ACCs were then placed in distilled 

water to regenerate the dissolved cellulose. Water 

was changed until the IL had been completely 

removed from the laminate. Subsequently, the 

regenerated laminae were dried under vacuum at 

60°C and 500 kPa. The ACC laminates were finally 

conditioned at 23°C and R.H. of 50% for 48 hrs 

before analysis. 

 

 

Fig. 1. ACC prepreg fabrication method. 

 

 

2.4 Materials characterisation 

The microstructure and fracture surfaces of the ACC 

laminates were observed by optical (Leica DM IRM 

(Wetzlar, Germany) and scanning electron (JEOL 

7000F SEM, Tokyo, Japan) microscopy. 

Micrographs were analysed using Gimp 2.8.2 image 

analysis software to determine the fibre volume 

fraction and void content. 

Tensile and flexural testing was also used to 

characterize the mechanical properties of the ACC 

laminates. Samples were cut into coupons of 5-8 mm 

width and 100 mm length for tensile testing and 12.5 

mm width and 60 mm length for flexural testing. 

The samples were tested with an MTS 858 Tabletop 

System tensile tester or MTS Criterion Model 43 

tensile tester equipped with a video extensometer, 

using a 2.5 kN load cell. A 3-point bending fixture 

with a span of 40 mm was used to analyze the 

flexural strength. Tensile tests were performed at a 

test rate of 1 mm/min and flexural testing was 

conducted at 2 mm/min. 

 

3 Results and discussion 

3.1 Effect of moisture uptake on prepreg storage 

EmimAc is known to be a highly hydrophilic IL, 

capable of absorbing moisture mass in excess of 

100% from the atmosphere [29]. It was observed 

that moisture absorbed by the IL during exposure to 

ambient conditions partially regenerated the 

cellulose. The net effect of this was to ensure that 

the IL was not lost during storage of the prepreg. 0.5 

wt. % of moisture was absorbed by the prepregs 

which was sufficient to help “solidify” the laminae. 

3.2 Effect of processing on microstructure 

The use of rollers allowed for repeatable and 

consistent impregnation of the reinforcement textile. 

4 layers of prepreg resulted in an ACC laminate of 

1.8 to 2 mm in thickness, following regeneration and 

drying. The average mass of textile reinforcement 

was 1.25 times that of the impregnating solution 

with deviations of 10% across all composites 

produced, implying that the roller impregnation 

method is reliable, accurate and repeatable. Despite 

the high areal density of the reinforcement textile, it 

was still possible to fully impregnate the fibre yarns 

with the solutions (Fig. 2). The fibre volume fraction 
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(FVF) in the ACC laminates was in the region of 

80% for all samples (Table 1). A high FVF was 

expected since only 10% of cellulose is contained in 

the matrix solution, so once the IL is removed only 

the initial dissolved cellulose and partially dissolved 

reinforcement cellulose remain. 

 

 
Fig. 2. Impregnated A60 ACC prepreg. 

 

Table 1. Average values and standard deviation of 

the FVF of various ACC laminates. 

 
 

Presumably, a longer processing time will dissolve 

more of the reinforcement fibres and therefore 

reduce FVF. Table 1 indicates that this is not true, 

the reason being that the moisture contained in the 

solution must be removed before dissolution will 

commence. The processing time of 1 h is too brief 

and causes numerous large voids and cracks to form 

within the laminate, reducing the mechanical 

properties (see Figs. 5 and 8). As the IL is heated, it 

slowly releases the moisture absorbed during storage 

and then begins to dissolve the reinforcement 

material. Partial dissolution can be seen to occur 

gradually from the outside of the fibre bundle, 

slowly progressing towards the centre over time. 

The elevated temperature allows for further cellulose 

dissolution to take place, causing the reinforcment 

fibres to partially dissolve and become part of the 

matrix (Fig. 3). This also explains the reason for the 

slight decrease in fibre volume fraction of the 

prepreg S240 when compared to S120. 

Drying of the composite plays a major role in crack 

formation. After solvent exchange, both fibres and 

matrix phases have swollen due to the presence of 

water [31,32]. As this water is removed by the 

elevated temperature and pressure, the composite 

will start to contract. The transition area between 

fully impregnated but non-partially dissolved region 

and the partially dissolved region induces voids and 

cracks where the pre-dissolved cellulose and 

reinforcement cellulose contract or shrink at 

different rates, labelled in Fig. 4 as region A and B, 

respectively. Partially, some of the voids are formed 

after processing during the regenration phase. 

Different cellulose types contain different 

crystallinities and therefore react, absorb and release 

mositure differently, causing inhomogeneties in the 

composite [33]. This causes the matrix material to 

shrink slightly differently and causes small voids 

between the fibre and the matrix material, as shown 

by region A in Fig. 4 and in Fig. 2. If the solution 

begins to dissolve the fibres, the cellulose matrix and 

fibres are more similar as some of the fibre is 

contained in the matrix. This in turn cuases the 

fibres and matrix to shrink at a more similar rate and 

reduces the possibility of the matrix breaking away 

from the fibre (Fig. 3). 

 

 
Fig. 3. Partial dissolution of reinforcement fibres in 

ACC prepreg S120 (an area of extensive fibre matrix 

transition is circled). 

 

Increasing the processing time from 1 to 4 h reduces 

the void content by providing more time for matrix 
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and reinforment fibres to bond. Crack and void 

content in the composites was determined and 

showed a reduction in defects with increasing 

processing time (Table 2). Initial defect content in 

the 1 hour samples was quite high at around 10%. 

This inevitably has a major effect on the mechanical 

properties, especially regarding the stiffness and 

flexural properties of the composites [34].  

 

 
Fig. 4. Crack formation in prepreg A60 due to 

transition between (A) non-partially dissolved region 

and (B) partially dissolved region. 

 

Table 2. Average values and standard 

deviatiation of the void content in prepreg ACCs. 

 
 

3.3 Tensile properties 

Tensile strengths for all ACC laminates produced 

were approximately 100 MPa (Fig. 5), comparing 

favorably to other biocomposites and similar to other 

ACC laminates [16,20]. Void formation had a major 

impact on the Young’s modulus of the ACCs, 

resulting in stiffness values lower than that of ACCs 

produced using alternative processes [20] but still 

competitive with other biocomposites based on 

polylactic acid (PLA) [16,35]. The void content 

tended to decrease with increasing processing time, 

resulting in an increased stiffness. Void content has 

been well documented to significantly reduce 

material properties of composite materials [34,36]. 

Composites processed for 4 hrs had twice the 

stiffness of the composites processed for 1 hr, 

increasing from around 1 to over 2 GPa (Fig 5). This 

indicates that a substantial amount of time is 

required to remove the moisture from the matrix and 

allow bonding of the matrix and fibres. Interestingly, 

the type of matrix cellulose used seems to have very 

little effect on the final composite properties, with 

void content dominating the stiffness behavior of the 

material (Fig 5). Another reason for this negligible 

variation in matrix stiffness is the low volume of 

actual matrix. The matrix content in the prepreg 

ACCs is just over 10%. Due to the small matrix 

content, the effects of different matrix celluloses will 

be limited. The only exception to this is the S120 

sample which due to the lower DP of the dissolved 

Sigmacell means the impregnating solution has a 

lower viscosity [37]. This reduced viscosity enables 

partial dissolution of the reinforcement fibres sooner 

than the Arbocel and pulp matrix solutions [3]. For a 

2 hr processing time, it is therefore possible for the 

Sigmacell solution to provide stronger adherence 

between fibres and matrix which translates into 

improved stiffness values in the composite. 

1 hr composites showed significantly higher 

elongation at break properties in the region of 30% 

compared to ACCs processed for longer (around 

20% elongation). As previously discussed, fibre 

matrix adhesion increases with processing time, so 1 

hr ACCs showed significant fibre pull-out when 

compared to 2 or 4 hr samples. In the 1 hour 

samples, the matrix and well bonded region breaks 

but subsequently all the load is taken by the fibres 

(Fig 6) which also have excellent elongation 

properties [38,39]. Better bonded composites 

showed elongation to failure values of around 20%. 

These composites also showed much less fibres 

being pulled away from the matrix, resulting instead 

in fibre failure in the composite (Fig 7). 

 

A 

B 
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Fig. 5. Tensile properties of ACC prepregs. 

 

 

 

Fig. 6. Tensile fracture of S60 showing (A) fibre 

pull-out in poorly bonded regions and (B) fibre 

failure in well consolidated region. 

 

 

Fig. 7. Tensile fracture of S120, showing extensive 

fibre failure. 

 

3.4 Flexural properties  

Initial flexural properties of the 60 min samples 

were lower than anticipated. Flexural testing on 

ACCs produced by the partial dissolution method 

showed flexural strengths of 140 MPa [40]. This was 

primarily due to the large number of voids and 

cracks and poor interfacial bonding between the 

fibres and the matrix phases. Studies by Liu et al. 

and de Almeida et al. showed that a slight increase 

in void content has a major negative impact on 

flexural properties of composites [34,36]. Increased 

processing time reduced these defects and improved 

bonding allowing for an increase in flexural strength 

and stiffness values. 2 hour samples only showed 

minimal improvement, whereas 4 hour samples 

improved flexural strength by around 50% and 

flexural stiffness values almost doubled (Fig 8). As 

with the tensile test samples no trends could be 

established for different cellulose matrix materials, 

with again only S120 showing increased flexural 

stiffness when compared with A120 and P120. The 

reason for this slight increase is the same as outlined 

in section 3.3. No significant difference could be 

observed for the flexural properties using different 

matrix celluloses, which is again due to the low 

matrix content of the prepreg ACCs, with the matrix 

content being too low to significantly impact the 

flexural properties. However, a reduction in void 

content produces an immediate and significant 

increase in flexural strength and stiffness [34]. The 

A 

B 
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reduction of voids has the effect of limiting shear 

within the material during bending [36]. More 

complete fibre-matrix bonding in the 4 hr ACC 

prepregs as a result of longer processing allows for 

better bonding reducing void content and increasing 

flexural strength and stiffness (Fig. 8).   

  

 

Fig. 8. Flexural properties of ACC prepregs. 

 

4 Conclusions  

The developed procedure allowed for repeatable 

fabrication of all-cellulose composites. This 

industrially orientated processing route incorporates 

an existing composite fabrication technology and 

demonstrates the ability of all-cellulose composites 

to be manufactured in a prepreg style process. The 

application of heat and pressure during processing 

first releases the absorbed moisture and then bonds 

the individual layers to produce ACC laminates. 

Mechanical testing revealed excellent mechanical 

strength and elongation properties, while increased 

processing time improved composite stiffness. 

Similarly, flexural properties also increased with 

processing time. Interestingly, the choice of 

cellulose reinforcement cellulose did not appear to 

strongly influence the mechanical properties, despite 

large variations in DP. Presumably, the matrix does 

not dominate the mechanical properties since it is 

present as a low volume fraction of the final ACC 

laminates. Void content proved to be the governing 

factor for both composite stiffness and flexural 

properties. Due to the extremely hydrophilic nature 

of the IL used, extended processing times at elevated 

temperatures were required to allow the absorbed 

moisture to escape from the composite.  
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1 Background and Motivation 

 

 

Fig.1. A350XWB First Flight (June 14, 2013) 

With the first flight of the A350XWB a 
consequent evolution of the usage of CFRP for 

primary structures within Airbus has reaching 

the next milestone.  

 

Fig.2. Evolution of composite structural weight 

within the Airbus fleet. 

After a long and excellent experience with 

CFRP (first on secondary structures and since 

1983 also for major primary structural 
components of the vertical stabilizer) Airbus 

has reached the next step in the transition from 
a metallic to a composite aircraft with the first 

CFRP fuselage of an Airbus aircraft with the 

A350 XWB.  
 

One key technology for the future development 

of composite aircraft structures is a suitable 
joining technology. Performing a weight, 

performance and cost tradeoff, bonding is one 

of the most promising joining technologies for 

composite structures.  
At the same time bonding is enabling new 

disruptive structural concepts based on new 

integration sequences and structure mechanic 
principles and joint geometries. 

 

2 State of the Art Bonding 

 

2.1 Classification of Bonding Technologies 

 

The following illustration shows the three main 
categories of joining of composites with 

thermoset matrices representing the different 

stages of integration. 
 

 

Fig.3. Classification of composite bonded joints 

BONDING OF CFRP PRIMARY AEROSPACE STRUCTURES:  

OVERVIEW ON THE TECHNOLOGY STATUS IN THE 

CONTEXT OF THE CERTIFICATION BOUNDARY 

CONDITIONS ADRESSING NEEDS FOR DEVELOPMENT 

T. Kruse
1
 

1
 Airframe non-specific Design & Research, Airbus Operations GmbH, Hamburg, Germany, 

 

Keywords: bonding, certification, adhesive, aerospace, damage tolerance,  
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Co-Curing is the earliest stage of integration, 

representing a fully integrated component. The 

joining mechanism is chemical cross-linking.  
 

Typical Airbus application:  

Module-Shell of A300/310 Family  
 

Secondary Bonding is the latest stage of 

integration. Two previously cured parts are 

joined by a film or paste adhesive. The joining 
mechanism between adhesive and adherent is 

adhesion.  

 
Typical Airbus application:  

Stiffeners on VTP-/HTP-Ribs of A380 

 
Co-Bonding is representing an intermediate 

stage of integration. An uncured part is joined 

with one or more cured parts, typically with an 

additional layer of adhesive. The joining 
mechanism between the adhesive and the cured 

part is adhesion. Between the un-cured part and 

the adhesive chemical cross-linking is taking 
place. 

 

Typical Airbus Application: 

Co-Bonded Stringers at A350XWB Fuselage 
Shells 

 

2.2 Surface preparation of bonded Joints 

 

A proper surface preparation is mandatory to 

ensure the performance and process safety of a 
secondary- or co-bonded joint.  

The most common surface preparation / 

protection is the usage of peel ply for co-

bonded and secondary bonded joints. Although 
this technology has some challenging aspects 

especially for the activation of the surface and 

remaining contaminations on the surface 
without further cleaning or activation processes 

as discussed in [3] the reproducibility and 

simple application are main arguments for its 
application as a baseline surface preparation. 

Additionally surface cleaning and activation 

technologies as Atmospheric Plasma are 

applied more and more in industrial 
applications [9]. 

 

Other novel Surface pretreatment technologies 

as Laser cleaning or vacuum blasting are under 

development and will be discussed in §6.2.2.  
 

3 Definition of potential failure initiation 

modes 

 

The following failure initiation modes are 

describing the most important origins of 

potation failures of bonded joints. The root 
cause for these initial failure modes is varying 

and only the major effects will be discussed in 

detail in this work.  

 

3.1 Disbond 

 
A disbond is an initial area within a bonded 

joint without connection between adherent and 

adhesive. A typical root causes are a massive 

contamination of the adherent (e.g. with release 
agent) or failures within the adhesive 

application process of (e.g. gaps within the 

adhesive layer).  
 

 

Fig.4. failure initiation mode disbond 

 

A disbond is detectable with non destructive 
inspection technologies (NDI) as ultrasonic 

inspection within the individual limits of the 

detection threshold. 
 

3.2 Weak bond 

 
A weak bond is a fully integer bonded joint 

with a reduced strength between adherent and 

adhesive. The root course is a not sufficient 

adhesion of the interface of adherent and 
adhesive due to small contamination of the 

surface. 

 

 

Fig.5. failure initiation mode weak bond 
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A weak bond is not detectable by means of NDI 

due to the absence of a detectable interface 
layer. Research is addressed but results are not 

expected short- to mid-term for industrial 

usage. 
 

3.3 Impact 

 

Impact events within manufacturing and in 
service can lead to initial damages of the 

adherent and the adhesive. 

 

 

Fig.6. failure initiation mode impact 

 

Damages resulting from impact are detectable 
by NDI within the individual limits of the 

detection threshold. 

 

 

4 Involved disciplines to ensure a reliable 

bonded joint and actual state of the art 

 

4.1 Process Safety 

 

For any application of bonding technology a 

repeatable, robust and reliable process is 
mandatory and established within Airbus. 

Nevertheless a very low residual risk for the 

occurrence of weak bonds cannot be avoided 
today. In comparison to other industries, where 

structural bonding is well established, this 

residual risk is not acceptable within the 
aerospace industry.  

The sensitivity of the surface preparation / pre-

treatment and contamination avoidance as the 

main driver for the process safety is well known 
and addressed within several R&D Projects.  

 

4.2 Material Qualification  
 

Additional to the qualification of each material 

including the applied auxiliary materials within 
or prior to the bonding process is the 

qualification of the used material triple from 

adherent, adhesive and used auxiliary materials 

like peel ply is state of the art for all bonding 
processes at Airbus. 

The lack of knowledge of some specific 

ingredients or their individual production 
methods in last detail for adhesive, peel-ply or 

resin due to low needed volume within the 

Aerospace industry in comparison to other 

industries is leading to a residual uncertainty in 
the field of material qualification for changed 

properties of the certified products. 

The strengthened involvement in material 
development is mandatory to ensure the needed 

maturity to reduce the influence of the material 

variation on the strength of the joint. 
 

4.3 Non Destructive Inspection (NDI)  

 

Detection of defects within the bond line is 
state of the art and well established as discussed 

in §3. The direct detection of properties like the 

remaining strength of a weak bond is not 
possible today. 

The assistance for process safety as e.g. 

contamination detection is under development 

in different R&D Projects as the European 
Project ENCOMB [10].  

 

4.4 Design & Stress 
 

Today’s design is not considering bonding 

without fasteners for primary aircraft structures. 
The sizing approach is based on the assumption 

of a full loss of the bonded joint. Therefore the 

fasteners have to be able to carry the full load of 

the joint. Also a no growth policy for cracks / 
disbonds is taken into account. 
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5 Bonded Aerospace structures within the 

context of certification boundary conditions 

 
Resulting from the described State of the Art 

within the composite bonding technology 

today‘s certification rules according AC 20-
107B [1] are limiting the certification of 

composite bonded joints to the following 

possible approaches: 

 
“For any bonded joint, the failure of which 

would result in catastrophic loss of the 

airplane, the limit load capacity must be 
substantiated by one of the following methods: 

 

(i) The maximum disbonds of each bonded 
joint consistent with the capability to 

withstand the loads in paragraph (a)(3) 

of this section must be determined by 

analysis, tests, or both. Disbonds of each 
bonded joint greater than this must be 

prevented by design features, or 

 
(ii) Proof testing must be conducted on each 

production article that will apply the 

critical limit design load to each critical 

bonded joint, or 
 

(iii)  Repeatable and reliable non-destructive 

inspection techniques must be established 
that ensure the strength of each joint." 

[1] 

 
Today no suitable NDI method to full fill the 

requirement [1];(iii) of a secured measurement 

of the failure strength of a joint is in place. Also 

the affordability to establish a full single part 
testing of each bonded joint within an industrial 

environment of a commercial aircraft 

manufacturing according to requirement [1];(ii) 
is not practical. 

Therefore the only requirement [1];(i) is 

practically to be taken into account for the 
sizing & certification of bonded joints. 

State of the art to certify a structural composite 

joint is to follow approach [1];(i) by the usage 

of so called “chicken rivet” witch have to be 
capable to carry the relevant loads taking into 

account a global failure of the bondline. This 

boundary condition and the corresponding 

technical concept of “chicken rivets” are 

limiting the benefits of the application of 

composite bonded joints in terms of weight, 
cost and performance. 

 

6 Actual Developments on the route to 

certification of composite bonded joints 

 

Different mechanism and strategies are 

addressed (at Airbus and the research 
community) to improve the sensitivity of 

bonded joints in terms of increased process 

safety and with regards to the certification.  
 

6.1 Alternative joining mechanism 

The most critical point for bonded joints is the 
sensitivity of the adhesion. Therefore 

alternative mechanisms to integrate two parts 

beside adhesion are under investigation. 

Following the fact, that integrated and co-cured 
parts joined within one curing cycle by 

chemical crosslinking, are not within the 

regulation framework for bonded joints acc. 
[1]., chemical cross-linking as is one potential 

way to achieve a reliable and certifiable joint 

without the need for additional mechanical 

fastening.  
 

6.1.1 Partially Curing / Semicuring 

 
This technology approach is focussing on the 

consequent development of a co-cured joining 

mechanism relying on chemical crosslinking 
instead of adhesion.  

One technology approach is a partial cure of the 

adherent by local preventing of curing of the 

area to be joined in a second assembly-curing 
cycle.  

 

 

Fig.7. local curing prevention 

 

An alternative approach following the identical 
principle for the joining mechanism is the so 

called semicuring, where the adherents will be 

partially cured up to a defined degree of cure. 
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The glass transition temperature (Tg) of the 

semicured resin is above room temperature, 

therefore semicured parts are semi-solid at 
room temperature and easy to handle. Within a 

final assembly-curing cycle a co-cured 

chemically cross-linked interface is developed.    
 

 

Fig.8. semicuring principle 

 
 

The main advantage of these technologies in 

comparison to co-curing is the reduced tooling 
afford for the final assembly cure cycle. Also 

these technologies are suitable for today’s 

decentralised production scenarios.  

 
6.1.2 Welding 

 

Another alternative technology approach is 
Thermoset Composite Welding (TCW). The 

principle is to co-cure thermoplastic film at the 

surface of the joining area of the thermoset 
adherents. The joining is performed by welding 

of the thermoplastic surfaces.  

 

 

Fig.9. Thermoset composite welding principle 

 

The main motivation is the avoidance of an 
adhesive joining mechanism in the assembly 

process step and the simplified tooling needs in 

comparison to Co-Curing, Co-Bonding and the 

varying derivate technologies discussed in 
6.1.1.  

 

6.2 Increase of process safety 

 

Process safety can be divided in the following 
main fields of research.  

One principle is the avoidance of process 

variation and potential contamination by means 
of automation. The other is dedicated to the 

detection and removal of potential contaminants 

from the surface. 

Additionally different approaches to increase 
the process safety by means of new design and 

joining principles are investigated. 

All approaches are mainly related to risk-
elimination of the occurrence of weak bonds of 

secondary bonded or Co-Bonded Joints.  

 
6.2.1 Automation 

 

One major risk for contamination or process 

variation is the human factor. The actual 
development is therefore more and more 

focussing on a repeatable and documented 

process chain. The European Project ABiTAS 
(Advanced Bonding Technologies for Aircraft 

Structures) - led by Airbus – has been focussed 

on this topic. The following figure gives an 

overview on the scope and the process chain 
taken into account for ABiTAS. 

 

 

Fig.10. ABiTAS Process Chain [4] 

 
Stable, controlled and reproducible processes 

are mandatory and prerequisite for any 

application of bonding technology. Therefore 
automation is one major field of needed 
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research for industrial aerospace application. 

But focussing on the certification requirements 

as discussed in §5 process safety in not one of 
the building blocks of [1] that are mandatory 

for composite bonded joints.  

 
6.2.2 Detection and removal of contaminants 

 

Within ABiTAS as well as in the European 

Project ENCOMB also the topic of 
contamination detection has been addressed by 

new NDT technologies. In comparison to 

classical NDT to detect physical damages and 
failures the so called “Extended NDT” is 

focusing on the determination of physio-

chemical properties of the adherent surface in 
the interface region [5]. These properties are 

mainly influencing and defining the 

performance of the final bonded joint as well as 

the remaining risk for a weak bond. 
 

Target is an industrial reliable detection method 

for critical contaminations and surface states 
that lead to weak bonds. Actual results (e.g. for 

the aerosol wetting test [9]) are promising, but 

nevertheless not yet leading to a step change for 

the certification boundary conditions. 
 

Another approach to increase the process safety 

is the secured removal of any kind of 
contamination with the potential to ease a weak 

bond. Beside the approaches discussed in § 2.2 

there is a high need for reproducible and quick 
surface cleaning and activation technologies. 

Also the influence of individual human factors 

(e.g. as for traditional grinding) must be 

reduced. 
 

Promising work has been done in the field of 

laser pre-treatment. Typically a selective 
removal of resin incl. potential contamination is 

performed by a suitable laser source as UV or 

CO2 laser. Studies from University of 
Braunschweig, Germany [2] have shown very 

promising results. Also no degradation of the 

remaining resin has been observed. 

 
An alternative technology is vacuum blasting 

were the blasting medium is accelerated by a 

vacuum applied in a special blasting cover. As 

discussed in [6] this Technology shows good 

potential for a clean and reproducible surface 

preparation of CFRP. 
 

 

 
Fig.11. Surface states for different pre-

treatment technologies [2] 

 

 

Fig.11. shows the different surface states 
resulting from the different pre-treatment 

approaches as discussed in [2].  

 

 
a) Contaminated Surface as the not acceptable 

baseline without application of pre-

treatment or cleaning procedures. Not 
acceptable for stable bonding process. 

 

b) Peel ply surface with relatively thick resin 

layer in the top. The rough surface topology 
as mirror of the used peel ply surface is not 

resulting in highly activated surfaces for 

bonding [3]. Also a risk for contaminations 
from residuals of the used peel ply has been 

observed. 

 
c) Grinding or blasting is securely removing 

the full first resin layer incl. potential 

contaminations. A damage of fibres in the 

first layer is often not avoidable. 
 

d) Laser pre-treatment can remove the full 

resin layer without harming the fibres. Due 
to variations in the thickness of the resin 

layer and the typically subtracting 

mechanism of a laser treatment the final 

geometrical state in of the surface has to be 
evaluated carefully. 
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Following §5 also surface pre-treatment and the 

secured removal of contaminants is not part of 

the potential certification scenarios acc. [1]. 
Nevertheless this field of technology has the 

potential to be contributing to future 

development eliminating the risk for the 
occurrence of weak bonds.   

 

 

6.2.3 New design & joining principles 
 

With the motivation of designing composite 

joints not relying on secondary bonding, 
therefore taking into account questions that link 

to tolerance adapting and process safety, 

Modular Joints have been developed and 
investigated within European Project MoJo [7]. 

The main principle is the usage of an uncured 

(textile) joining element that is co-bonded with 

both adherents. 
 

 

 

 

Fig.12. Principle of modular joints  

 

Following this new approaches consequently it 
can be an enabler for novel build concepts 

beyond state of the art build sequences and 

architectures.  
 

 
 

Fig.13. Fuselage integration concept based on 

novel joining technologies 

 

Regarding certification technology approach of 
modular joints is similar to the traditional co-

bonding concepts. Following [1] there is still 

the need for design features to limit potential 
failures within the co-bonded joints. 

 

6.3 Damage limitation and detection 
 

This technology principle is directly derived 

from the certification requirements acc. [1]:i. 

The main principle is to securely limit a 
potential local damage of the joint acc. the 

discussed initiation modes in §3. 

Depending on the applied damage scenario for 
the sizing philosophy there will be also a need 

for special damage detection capabilities. 

 
State of the art is the usage of fasteners to limit 

a potential failure of the joint and to secure the 

limit load capability based on the assumption of 

a full loss of the bonded joint by a global weak 
bond. 

 

6.3.1 Disbond Stopping Features 
 

Following the discussed work within the 

previous paragraphs all dedicated to the 

avoidance or detection of weak bonds the 
following assumption is enabling a new field of 

research:  
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A global weak bond is detectable or can be 

avoided securely by dedicated technologies to 

be developed mid to long term. 
 

This gives the opportunity to take into account 

only local initial damages for the development 
of new design features – so called disbond 

stopping features.  

 

The development of those Features is addressed 
in the European Project BOPACS started in 

September 2012 with duration of 42 month. 

 
Target of BOPACS is the proposal of a road 

map to certification and the development of 

Means of Comply based on: 
 

- Research beyond the state of the art into 

crack growth and disbond extension 

mechanisms in adhesively bonded joints. 
 

- Design, analysis and testing of crack 

stopping features, capable of preventing 

cracks or disbonds from growing above a 

critical size, with a joint still capable of 
carrying the predefined load. 

 

The following categories of disbond stopping 
features have been identified and will be 

investigated with different technology 

approaches: 
 

Surface interfering features, interfacing only 

with the top layers of the adherent material,  

not influencing the outer shape and global 
architecture of the part 

 

Surface Modification by mechanical or 
chemical means without additional elements 

applied in the joint. 

 
Geometry Modification by variation of the 

global geometry of the adherents in the area of 

the joint. 

 
Through thickness features penetrating through 

the full thickness of the joined components 

 
Adhesive bondline architecturing, applied only 

within bondline without change of adherents. 

 

Proposed technical solutions beside the 

benchmark of conventional fasteners are e.g. 
rivetless nutplates or small diameter pins or 

staples as proposed by [8].  

 
 

6.3.2 Damage detection 

 

Damage detection can be distinguished in two 
major fields. One is the scheduled inspection 

interval per Aircraft and the other is the short 

term in field detection.  
For scheduled inspections there is no special 

need of research for the detection of failures in 

the bondline identified beside the already 
addressed topics for delamination and damage 

detection for CFRP. 

To enable the discussed disbond stopping 

approach acc. § 6.3.1 for some technology 
approaches new in service detection capabilities 

will be needed to detect potential defects within 

a few flight cycles. Therefore also technologies 
from the field of structural health monitoring 

(SHM) are contributing on to potential 

certification scenarios as also investigated e.g. 

in ENCOMB. 
 

 

5 Conclusion and outlook 
 

Today there is no feasible way to implement a 

structural bonded joint without additional 
features as for example fasteners on aircraft 

primary structures within the near future, 

therefore that the needed technologies to enable 

a secured certification are not in place today.  
 

Intense research has been done  in the last years 

to increase process safety and to eliminate the 
risk for the occurrence of a weak bond. Major 

Fields of development are process automation, 

extended NDT and surface pre-treatment for 
bonding.  

Even if significant progress has been made in 

these technology fields that enable the secured 

implementation of secondary bonding in many 
industries, a direct adaption of these solutions 

for aerospace application is not feasible due to 

the higher requirements for reliability, safety 
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and design service goal. To achieve a fully 

bonded structure without the requirement of 

additional fasteners is not possible within 
today’s certification boundaries acc.  [1]. 

 

Following the possible technological paths 
stated within [1] the following two solutions are 

not feasible to contribute from today’s point of 

view to a certification of composite bonded 

joints: 
Full single Part testing of bonded composite 

joints is not practicable from cost and lead time 

point of view for an industrial application on 
large aircrafts. 

NDI to test the strength of a bonded joint is as 

technology not available on mid to long term 
perspective.  

Therefore the only one feasible option 

remaining: 

Limiting of maximum disbonds to uncritical 
size by design features is the only feasible way 

to achieve certification on the next generation 

of bonded composite joints. Utilizing ´new 
approaching technologies as for the detection of 

global weak bonds enable new sizing 

approaches relying on secured stopping of local 

defects.  
 

An alternative potential way to certify bonded 

structures for aircraft primary structures is to 
utilize alternative chemical / physical 

mechanism instead of adhesion. Co-curing has 

shown a good reliability and technology 
variants to integrate the co-curing mechanism 

for assembly purpose without the need of fully 

integrated manufacturing concepts as e.g. 

semicuring are mandatory to develop further to 
clearly demonstrate the equivalence in terms of 

strength and process safety to co-cured 

structures. 
Additionally there is still a need for new 

technology approaches combining the benefits 

of a bonded joint with the reliability of a bolted 
joint in a competitive cost and lead time 

framework. 

A new technology solution to enable the fully 

bonded aircraft will only be established within a 
strong cooperation of industry and academics 

pushing on the one hand to a stable process 

with the needed performance within the right 

cost and lead time framework.  

On the other hand to perform the needed 
science to be able to clearly understand the 

utilized physical or chemical mechanisms and 

potential influencing factors and environmental 
conditions. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction 

Continuous fiber reinforced polymer matrix 
composite (PMC) laminates have become 
indispensible for commuter aircraft structural 
applications, and are extensively used for 
manufacturing primary load-bearing structural 
components. The principal advantage of employing 
PMC laminates is the reduction in the weight of the 
vehicle, which leads to a superior fuel economy. 
However, a number of manufacturing and 
performance disadvantages have been identified 
with these 'conventional' laminates. This has 
subsequently prompted the development of fabric 
reinforced PMC materials including two-
dimensional and three-dimensional braided 
composites. Some of the performance advantages 
identified with braided fabric reinforced composites 
include better overall through-the-thickness strength 
properties such as superior impact damage resistance 
and delamination resistance, balanced in-plane 
performance, improved fatigue performance and 
lower notch sensitivity [1]. In addition, producing 
complex shaped parts can be easier to manufacture 
and generally have a significantly lower 
manufacturing cost due to the conformability of 
braided fabrics coupled with the use of an out-of-
autoclave manufacturing technique such as resin 
transfer moulding (RTM). The automation of the 
braided fabrics may further reduce manufacturing 
costs, eliminating tedious manual lay-up which 
renders these composites as cost-competitive 
alternatives for component manufacturing. 
 
In spite of the indicated advantages, the use of 
braided PMC materials is only limited to a few 
applications in the aerospace industry to date. One of 
the issues restricting their wider use is that there 

have been few studies conducted to characterize or 
model their material behaviour [2],[3]. In addition, 
few of these studies attempt to consider the fatigue 
behaviour of braided PMCs. Before braided 
composites can be utilized by designers in the 
industry to assess the structural integrity and damage 
tolerance capabilities of components, viable 
prediction tools must be developed for these 
materials. With respect to PMC materials, predicting 
the microscopic damage development caused by 
cyclic loading is of paramount importance for 
developing damage tolerant structural components, 
and for predicting their fatigue life. 
 
There have been many different types of PMC 
fatigue prediction models reported in the literature 
[4]-[9], which illustrates that one common fatigue 
prediction tool has not yet been accepted or 
established in the industry. Currently, composite 
components are designed too conservatively due to 
inadequate prediction tools and the deficiency of 
expertise available in the industry. There is a need to 
develop simple and viable fatigue prediction tools 
for PMC components. It is therefore the objective of 
this study to develop a fatigue prediction model for a 
triaxially braided carbon fiber reinforced PMC 
material. The subsequent sections outline the details 
of the prediction model development and finite 
element implementation, and present the prediction 
model results as well as the conclusions. 

 

2 Model Details 

Many fatigue prediction models developed for PMC 
materials are based on the fundamental concepts of 
damage mechanics [10]. These prediction models 
consider the effects of particular microscopic 
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damage mechanisms such as matrix cracking and 
debonding, and represent them as a set of internal 
state variables by scalars, vectors or tensors within 
the constitutive equations [11]-[13]. Damage is 
assumed to be homogenized or diffused within the 
bulk material, and the models are built within the 
framework of continuum damage mechanics 
(CDM). The formulation of the 'damaged' 
constitutive equations is based on the concepts of 
irreversible thermodynamics in that damage events 
are irreversible microscopic processes within the 
bulk material. The damage parameters are typically 
incorporated within the material stiffness tensor, and 
thus the degradation of the mechanical properties is 
directly modeled. The damage parameters are often 
derived from experimental data, but can also be 
defined by analytical expressions or from 
micromechanical analyses. The CDM-based fatigue 
prediction model developed in this study 
incorporates scalar damage variables in the 
constitutive equations, and a cumulative damage law 
that is a function of the number of fatigue cycles to 
define the evolution of the damage variables and 
ultimately the degradation of the effective material 
properties. The prediction model is partly based on 
the work by Ladeveze and LeDantec [11], and 
utilizes the concept of effective stress and the 
principle of strain equivalence. 

2.1 Damage Model Formulation 

The undamaged triaxially braided PMC material is 
considered to behave as an orthotropic linearly 
elastic material, and the diffuse damage is assumed 
to be evolving  incrementally. Damage is also 
assumed to be orthotropic. Since in-plane tensile 
loading is considered, the braided composite is 
subjected to a plane stress state. According to CDM 
theory, three internal variables representing damage 
are incorporated to degrade the material elastic 
constants for the plane stress condition. The stiffness 
degradation expressions are given as: 
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where E11 and E22 are the Young's modulii, G12 is the 
in-plane shear modulus, and Dij are the 

corresponding internal damage variables. The 
superscript ' o ' refers to the undamaged material 
parameter. 
 
The thermodynamic potential or free energy (ρΨ) is 
defined for a damaged orthotropic material in a 
plane stress state by the polynomial: 
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where ν12 and ν21 are the major and minor Poisson 
ratios, respectively, ε11 and ε22 are components of the 
strain tensor, and γ12 is the engineering shear strain. 
It is assumed in this study that the damage terms D11 
and D22 are only effective when the corresponding 
strains are positive, i.e., E11 and E22 are not affected 
during compressive loading states where the effects 
of damage are not influential on damage evolution 
[11]. 
 
From the thermodynamic potential of the damaged 
material, the resulting stiffness tensor is defined as: 
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(3) 

 

2.2 Fatigue Damage Evolution 

The damage kinetics for cyclic loading (i.e., ∂Dij/∂n) 
can be defined by the corresponding thermodynamic 
forces (i.e., ∂Ψ/∂Dij) or directly from experimental 
data. In this study, the evolution of the Dij terms is 
based on quantitative measurements of the 
underlying damage mechanisms as well as 
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qualitative observations obtained through the 
experimental characterization of test coupons for the 
triaxially braided PMC material [14]. In this study, 
crack density profiles for various damage 
mechanisms are defined at various applied cyclic 
stresses, including cracks within the braider yarns 
and cracks at the yarn interfaces as shown in the 
schematic in Fig. 1. The corresponding crack density 
profiles are used to define the evolution of the 
damage variables as a function of the number of 
loading cycles, n, providing the required damage 
kinetic, ∂Dij/∂n. 
 
The expression for the evolution of the damage 
variables is accordingly defined as: 

( )1 2
1 2 intij ij byD β βα α ρ α ρ= +  

(4) 

where ρby and ρint are phenomenological crack 
density parameters that are functions of the number 
of loading cycles and the maximum applied stress, 
α1, α2, β1, β2 are material constants, and αij are scalar 
parameters that correspond to a particular material 
direction. The αij terms ensure that the effects of 
damage development correspond to the material 
symmetry, and thus the development of damage is 
also orthotropic. 
 
In order to illustrate the accuracy of the damage 
kinetic defined by Eqn. (4), an analytical 
solution for a uniaxial stress state is used to 
compare with uniaxial tension-tension fatigue 
experimental test data [14]. The damage model 
is used to predict the degradation of the axial 
modulus (E11) during constant amplitude load-
controlled cyclic loading. A plot of the 
predicted and measured normalized axial 
stiffness (E11/ E

 o
11) as a function of the number 

of loading cycles for a maximum applied stress 
of 70% UTS is shown in Fig. 2. The damage 
model accurately captures the rapid stiffness 
degradation during the initial stage of cycling 
and the more gradual stiffness degradation 
thereafter, which was exhibited by the triaxially 
braided PMC material for all maximum applied 
stresses. 
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Fig. 2. Axial stiffness degradation.

Load 

Braider yarn 
crack 

0˚ yarn 
crack 

Interface 
crack 

Matrix 
cracks 

Braider yarn cracks 

Interface cracks

Matrix crack 

0˚ yarn 
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2.3 Additional Model Considerations 

When a PMC material is loaded in tension with a 
constant amplitude cyclic load, local damage 
development can lead to local stress redistributions. 
For a structural component, a variation in damage 
development due to the non-uniform stress field will 
cause local stress redistribution and a change in the 
local peak stresses even thought the maximum 
applied load is constant throughout cycling. The 
defined damage kinetic predicts the damage 
evolution as the number of loading cycles increases, 
but assumes a constant stress. Since the stress at a 
material point may change during cycling due to the 
aforementioned local stress redistribution, the 
material point may undergo variable amplitude 
cycling. This must be addressed by the prediction 
model. 
 
One approach would be to utilize the set of damage 
kinetic curves defined by Eqn. (4), i.e., at different 
maximum applied stress levels, within an 
interpolation scheme to account for variable 
amplitude cyclic loading. Consider a schematic set 
of curves presented in Fig. 3 which represent 
damage development in a material direction for test 
specimens cycled with various constant amplitude 
maximum stress levels. As an example, if a material 
point for a structure is cycled with a maximum stress 
of σ1 for 50 cycles reaching a cumulative damage of 
0.10 (i.e., point 1 to 2 in Fig. 3). Then, due to local 
stress redistribution, the element is subjected to a 
stress of say σ2 for 300 cycles. Now, the σ2 D-n 

curve can be invoked to determine the cumulative 
damage for the subsequent 300 cycles. The 
cumulative damage magnitude of 0.10 can be 
'transferred' to the σ2 curve (i.e., point 3), and that 
curve can be utilized to define the cumulative 
damage for the remaining 300 cycles (until point 4). 
This process can be repeated as the local stress 
magnitude changes. Although this technique has 
never been employed for a fatigue damage 
simulation, observations of stiffness degradation in 
unidirectional-ply laminates subjected to variable 
amplitude cyclic loading supports the theory of this 
method [15]. 
 
Another important consideration for predicting the 
fatigue damage development of a structural 
component is the possibility of local multi-axial 
stress states. The damage kinetic obtained for the 
braided composite material (i.e., Eqn. (4)) is for 
uniaxial stress states. If a material point exhibits a 
multi-axial stress state, this must be accounted for in 
the prediction model. The damage kinetic must 
therefore be defined using a suitable expression that 
accounts for the corresponding multi-axial stress 
state. One approach is to define the load state by a 
set of scalar potential damage functions that are 
effectively the driving forces for damage in the 
different material directions. The damage functions 
can be defined in terms of stresses (or strains), and 
are formulated using the invariants of the 
corresponding stress (or strain) tensor. 
 
One approach is to follow the strength-based failure 
criteria developed by Hashin [16], which utilizes the 
invariants of the stress tensor to define the failure 
criteria functions. These approaches are more 
physically based because they consider the material 
symmetry. Williams et al. [17] used a damage 
potential function which is analogous to a failure 
criterion function. The function is written in terms of 
local strain components and assumed to be an 
effective strain value. A similar function is adopted 
in this study and written in terms of local stress 
components, σij. The damage function has the 
general form for an orthotropic material in a state of 
plane stress: 
 

D 

n

σ1σ2 
σ3 

σ4 

1 

2 
 3 

4 
5 

σ1 < σ2 < σ3 < σ4 

Fig. 3. Schematic of D-n curve interpolation.
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(5) 

The constants K, L and S are scalars that are used to 
provide a measure of the relative contribution of 
each stress component to the driving force for 
damage growth in a particular material direction. 
The constants are defined from intuition based on 
the specific material. For example, consider the 
damage function in the material 11-direction (i.e., 
F11). The scalar constant K11 is equal to 1 since σ11 is 
the primary driver of damage in the-11 material 
direction, while K22 should be less than 1 by this 
reasoning since σ11 is not the primary driver of 
damage in the 22-material direction. The damage 
function defined by Eqn. (5) is an effective stress 
which is used in the damage kinetic defined by Eqn. 
(4). Recall that the phenomenological crack density 
parameters are functions of the maximum applied 
stress. 

 

3 Finite Element Implementation 

The presented prediction model is implemented into 
the commercial finite element software package 
ANSYS through its user programmable features. 
ANSYS is a versatile software package that allows 
the user to define its own constitutive material 
behaviour through a user material (USERMAT) 
subroutine [18]. In this study, a FORTRAN-based 
USERMAT subroutine is developed in order to 
implement the material constitutive behaviour 
defined by Eqns. (1)-(5), which is linked within the 
ANSYS environment. The form of the constitutive 
model allows for a simple numerical implementation 
into the finite element software, and for direct use 
with displacement-based elements. 

 
Fig. 4. Schematic of loading sequence for typical 

fatigue simulations. 
 

 
Fig. 5. Flow chart of the simulation scheme. 

 
 
For numerical computations, the USERMAT 
subroutine is called at every material integration 
point in the element mesh during every solution load 
step, and possibly multiple times during one load 
step for the Newton-Raphson convergence 
iterations. In this study USERMAT is called for each 
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material integration point twice during every 
simulated load cycle, once at the peak load and once 
at the minimum load. A schematic of the loading 
sequence for a typical simulation is shown in Fig. 4. 
At the peak load, the current damage state for each 
material point is computed and the degraded 
material constants are calculated for the next loading 
cycle. During the ramp-down to the minimum load, 
damage does not propagate. When called, the 
USERMAT subroutine requires stresses, strains and 
state variables (i.e., damage variables Dij) at the 
beginning of the current load step for the 
corresponding material point, as well as the strain 
increments (Δεij)  determined by ANSYS as input. 
The subroutine is required to provide, as output, the 
values of the stresses at the end of the load step 
which are determined using the degraded material 
constants from the previous loading cycle and the 
current strain state. The subroutine also determines 
the values of the state variables and the updated 
stiffness tensor using Eqns. (4) and (3), respectively,  
which are used for the subsequent loading cycle (i.e., 
the next cycle ramp-up load step). This process is 
repeated for every loading cycle until a specified 
stopping criteria is met, which may be when a 
maximum loading cycle number or a limit value of 
the damage terms is reached. A flow chart of the 
simulation procedure is shown in Fig. 5. The 
subroutine allows storing of the damage variables 
and well as additional material parameters such as 
the stiffness tensor terms for post-processing. 
 

4 Simulation Results 

The goal of the study is to simulate fatigue damage 
development for a component manufactured from 
the triaxially braided carbon fiber reinforced PMC 
material [14]. In order to demonstrate the abilities of 
the proposed fatigue prediction model, a suitable flat 
component is studied and the results of the 
corresponding fatigue simulation are presented in 
this section. The geometry of the in-plane loaded flat 
plate containing a central hole is shown in Fig. 6. 
The plate width is 20 mm, the thickness is 3 mm and 
the hole diameter is 8 mm. Due to symmetry, only 
one quarter of the component is modeled, which is 
also shown in Fig. 6 along with the applied 
symmetry boundary conditions and the applied 
cyclic pressure load on the top edge of the 
component. A cyclic pressure load with a peak value 

of 55 MPa was used for the simulation, and the 
stress ratio was set to R = Fmin/Fmax = 0.1 to simulate 
tension-tension load controlled cyclic fatigue. The 
elements used for the simulation are 4-node 
quadrilateral elements with plane stress capabilities. 
The warp fiber direction (i.e., the material 11-
direction) corresponds to the y-direction for the FE 
model which is the direction of the applied pressure 
load. The properties for the undamaged orthotropic 
material used for the analysis are scaled values of 
the true room temperature material properties, and 
are summarized in Table 1. The values of the 
damage coefficients presented in Eqn. (4) used in the 
simulation are summarized in Table 2. Note that the 
coefficients β1 and β2 are functions of the 
corresponding damage function defined by Eqn. (5), 
which is shown in Table 2. 

 
Fig. 6. Component geometry and FE mesh. 

 
 
Table 1. Undamaged orthotropic material properties. 

E11 (GPa) E22 (GPa) G12 (GPa) ν12 

44 71 21 0.40 

 
 

Table 2. Damage evolution coefficients. 
α1 α2 β1 β2 α11 α22 α12 

0.001 0.001 
2.4178 -
0.0021F 

2.3125 + 
0.0025F 

1.00 0.70 0.89 

Element 938 

Element 921 

Element 972 
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Fig. 7. Contour plots of D11 at loading cycle (a) 50, 

(b) 1000, (c) 2400, and (d) 5000. 
 
 
In order to demonstrate the damage evolution 
prediction capabilities of the fatigue model, contour 
plots of the damage variable D11 are shown in Fig. 7 

for the indicated simulation loading cycles. Recall 
that the material 11-direction is the direction of the 
applied pressure load. After only 50 loading cycles, 
the component has already exhibited a large degree 
of damage at the hole edge and in the surrounding 
regions. This of course is due to the stress 
concentrations at the hole. After 1000 loading cycles, 
damage is further developed in these same regions 
and has initiated in adjacent regions. This results 
from the stiffness degradation in the initially 
damaged regions, which consequently causes local 
stress redistributions and an increase in stress in the 
adjacent regions. The damage evolution in these 
adjacent regions consequently increases. Beyond 
1000 loading cycles, damage increases at a more 
gradual rate which is evident after 2400 and 5000 
loading cycles (see Figs. 7(a) and 7(b)). 
 
A plot of the damage variable D11 as a function of 
the number of loading cycles is shown in Fig. 8 for 
three elements. These elements are identified within 
the FE mesh shown in Fig. 6. Element 921, which is 
located at the hole edge, exhibits a high degree of 
damage in the 11-material direction due to the high 
local stresses in the material 11-direction. On the 
other hand, element 972 exhibits significantly less 
damage due to much lower local stresses. The 
damage degradation rate after 1000 loading cycles is 
also much lower in element 972 compared to 
element 921. This is in line with the experimental 
fatigue results for the triaxially braided PMC 
material, which found that the damage degradation 
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D
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Fig. 8. D11-n plots for indicated elements.
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rate increased with increasing maximum applied 
stress [14]. Furthermore, the rapid increase in 
damage development during the initial stages of load 
cycling is seen in all elements subjected to positive 
stress levels, which also corresponds to the 
experimental results. Finally, element 938 exhibits 
negligible damage evolution due to the fact that the 
local stresses in that region of the component are 
compressive. Recall that the damage variables at a 
particular material point are not affected if that 
material point is subjected to compressive loading 
states. 
 
Plots of the strain component contours and the 
damage variable contours are shown collectively in 
Fig. 9 at 2400 loading cycles. It is evident that the 
D11 damage component is evolving mainly due to 
the ε11 strain component and its influence on damage 
development in the material 11-direction. Note 
however that a positive ε22 strain component will 
also contribute to crack development along the 
braider yarns, which will contribute to development 
of the D11 damage component. This is illustrated by 
considering the ε11 and ε22 strain components in zone 

1 of the component as indicated in Fig. 9. This 
region has positive ε22 strain which increases the D11 
damage component in zone 1 as shown. The 
evolution of the D22 damage components in zone 2 
are also mainly evolving due to the high ε11 strain 
components since the ε22 strain components are 
negative in this region. The D22 damage components 
in zone 1 are however evolving due to the high ε12 
strain components in this region. The shear strains 
have less of an effect on the damage components, 
but are undoubtedly contributing to the damage 
evolution in zone 2 of the component. The contour 
plots in Fig. 9 illustrate the influence of the local 
strain components on the different damage variables, 
and show the ability of the prediction model in 
capturing this complex orthotropic damage 
development under local multi-axial stress states. 
 

5 Conclusions 

A fatigue model capable of predicting the complex 
orthotropic damage evolution under cyclic stresses 
was developed for a triaxially braided carbon fiber 
reinforced PMC material. The orthotropic material 
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Fig. 9. Strain and damage components contours at 2400 cycles; strains are in units of %. 
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constitutive behaviour was developed within the 
framework of continuum damage mechanics, and the 
evolution of diffuse damage was introduced via 
scalar damage variables (with cyclic loading) that 
were defined using quantitative experimental 
damage formulations. The model was capable of 
accounting for local variable amplitude cyclic stress 
states due to load redistributions caused by evolving 
damage, as well as the influence of local multi-axial 
stress states on damage development. The fatigue 
simulations were conducted within the ANSYS 
environment using a developed user material 
subroutine which was linked to the finite element 
software. The results presented illustrated the 
predictive capabilities of the model. Although the 
model was used for two-dimensional displacement-
based finite elements in a plane stress state, it may 
be extended for use with 3D displacement-based 
elements as well. The developed model is a viable 
tool for predicting fatigue damage development and 
the fatigue life of PMC components, and can easily 
be implemented into the finite element framework. 
 
At this stage, the development of the prediction 
model is ongoing. Some future considerations 
include developing a scheme to easily define the 
damage evolution material coefficients. This may 
involve the use of a micromechanical finite element 
model of the braided composite in order to define 
the damage coefficients. Furthermore, the inclusion 
of compressive damage modes within the damage 
model may also be considered for components that 
are subjected to high compressive stresses. With 
regard to the fatigue simulation, 'cycle jumping' may 
also be considered in order to improve the efficiency 
of the simulations without affecting the convergence 
of the nonlinear solutions. Finally, in order to 
validate the predictive capabilities of the presented 
model, experimental tests on structural components 
manufactured from the braided composite material 
will be conducted. Digital image correlation may be 
used for these tests in order to yield surface strain 
maps of the components and a comparison with the 
simulation results. 
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1 Introduction  

Battery-powered electric vehicles have seen 

increased use in recent years due to advances in 

battery technology and a societal desire to move 

away from fossil fuels. A unique challenge for the 

design of these vehicles is packaging the hundreds 

or even thousands of batteries present in the vehicle. 

First, the packaging must protect batteries from 

damage during rough driving conditions or 

collisions. This is a major safety issue since 

damaged batteries can develop short circuits that 

lead to cell overheating, thermal runaway, and fire 

[1]. Second, the packaging system must provide 

thermal management since most batteries used in 

electric vehicles (such as lithium-ion batteries) have 

poor cycling performance at both high and low 

temperature extremes [2]. The two main challenges 

for lithium-ion batteries are how to keep the overall 

battery temperature low during discharge and how to 

prevent temperature gradients from developing 

across individual battery cells.  

 

An example packaging scheme is that of the Chevy 

Volt, which has 288 lithium-ion pouch cells stacked 

in a T-shaped array (see Fig. 1) [3]. There are 144 

aluminum fins located between the cells through 

which a coolant is pumped for thermal management. 

The battery cells and cooling fins are surrounded by 

glass-reinforced nylon cases, the cases are bound 

together with steel end plates, and finally the entire 

assembly is surrounded by steel for added 

protection. As a whole, the packaging is quite 

complex and accounts for about half of the weight of 

the battery assembly. 

 

Here we propose a novel packaging scheme that 

uses microvascular fiber-reinforced composites. 

Batteries will be embedded within structural 

composites that contain channels near the battery 

surface for coolant flow (see Fig. 2). The channels 

will be formed in the composites using a recently 

developed technique where sacrificial polylactide 

(PLA) fibers are incorporated into a composite and 

vaporized after cure [4]. The resulting packaging 

will possess the high strength, high stiffness, and 

low weight characteristic of fiber-reinforced 

composites while housing a seamlessly integrated 

thermal management network.  

 

To assist in material selection and channel design for 

this packaging scheme, simulations were run in 

ANSYS Fluent to show the response of a single 

composite cooling fin to a battery-generated heat 

flux.  Fins were simulated with different material 

properties, different numbers of channels, and with 

both parallel and counter coolant flow. In the near 

future, these simulation results will be verified 

experimentally by fabricating microvascular 

composites and testing their cooling performance 

using an infrared (IR) camera setup. This study thus 

serves to complement both simulations [5 – 7] and 

experiments [8 – 9] on battery cooling.  

 

2 Methods 

2.1 Simulation Setup 

The simulation setup is shown schematically in Fig. 

3. A single composite fin is subject to a heat flux on 

both sides, representing the heat flux that would be 

provided by surrounding batteries during vehicle 

operation. A constant total flow rate of coolant of 56 
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mL/min passes through straight channels evenly 

spaced along the height of the fin; four channel 

designs were simulated consisting of 6, 8, 12, or 16 

channels. Coolant flow is either parallel (all 

channels have flow in the same direction) or counter 

flow (coolant flows in alternating directions from 

channel to channel). The fin dimensions, coolant and 

fin material properties, and boundary conditions are 

provided in Table 1. The spacings between channels 

in the fins are given in Table 2; the channels are 

centered in the thickness of the fin and are spaced 

evenly throughout the height.   

 

This simulation setup is partially inspired by 

simulations on aluminum cooling fins performed by 

Jarrett and Kim [6] who based their work on 

information provided by GM Canada. Their 

simulated fins were 160 mm wide x 200 mm high to 

match the size of a battery cell and 1 mm thick. A 

heat flux of 500 W/m
2
 was applied to both sides; this 

flux represents an average value of heat given off by 

a single pouch cell battery during vehicle operation. 

Cooling was provided a 50/50 water-ethylene glycol 

coolant pumped at a constant flow rate of 0.001 kg/s 

(56 mL/min) and an inlet temperature of 27 °C.  

 

For our simulations, the fin width and height are 

preserved from Jarrett and Kim. The fin thickness is 

set to 3 mm, a value that gives the current scheme 

the same volume of packaging per battery to that 

used in the Volt system. The coolant material 

properties are also preserved from Jarrett and Kim. 

Note that the coolant viscosity and specific heat are 

simulated with temperature-dependency.  

 

Two different composite materials are simulated for 

the fins: pitch-based carbon fibers (Nippon CN80 

fabric) in an epoxy matrix (EPON 862 / EPIKURE 

W) and PAN-based carbon fibers (Toray T300 

fabric) in an epoxy matrix (EPON 862 / EPIKURE 

W). It is desirable to simulate both materials since 

pitch-based carbon fiber has much higher thermal 

conductivity that PAN-based carbon fiber, which is 

desirable for cooling applications. Pitch-based fiber 

is also substantially more expensive than PAN-based 

fiber, however.  

 

The material properties for these composites, given 

in Table 3, are estimates made for biaxial 

composites with a 60% volume fraction of fibers. 

Density values were calculated using manufacturer 

information for the fibers and matrix. Heat capacity 

values were calculated using manufacturer 

information for the resin and PAN-based fabric and 

a value for the heat capacity of pitch fabric from 

Always-Cooper et al. [10]. In-plane thermal 

conductivity for the composites was calculated using 

the rule of mixtures, with the fiber thermal 

conductivity from manufacturer information and the 

resin thermal conductivity from Ganguli et al. [11]. 

Transverse conductivity for the pitch composite was 

taken from Sharp et al. [12] and transverse 

conductivity for the PAN composite was taken from 

Rolfes and Hammerschmidt [13]. 

 

For boundary conditions, the coolant flow rate and 

inlet temperature are preserved from Jarrett and 

Kim. The heat flux from each side of 500 W/m
2 

is 

also preserved. It is worth noting, however, that 

Jarrett and Kim simulated the cooling scheme in Fig. 

1 where there are two batteries per cooling fin while 

there is only one battery per cooling fin in the 

proposed packaging scheme (Fig. 2). Thus, each fin 

in the proposed scheme is only subject to half of a 

battery-generated heat flux on each side. 

Maintaining the full 500 W/m
2
 heat flux from each 

side in the current simulations thus represents an 

extreme case where each battery is generating twice 

its average heat flux. This case is used to determine 

if the composite fins can survive extreme operating 

conditions. The goal is for the fins to maintain a 

maximum surface temperature Tmax under 40 °C 

under these conditions while having minimal values 

of average surface temperature Tav and the standard 

deviation of temperature across the fin surface σT. 

2.2 Mesh Generation and Simulation in Fluent 

Finite volume meshes were created using the 

commercial program ANSYS Meshing. Meshes 

used for date analysis contained between 1.41 

million elements (0.24 million in the fluid domain) 

for the six-channel fin and 2.81 million elements 

(0.59 million in the fluid domain) for the 16-channel 

fin. Sweep meshing with a sweep size of 160 

elements was used along the width of the fin, 

meaning that the mesh was evenly divided into 160 

columns of elements along the width. A fluid face 

sizing of 0.04 mm was used at the channel inlets and 

a solid face sizing of 0.375 mm was used for the 

solid face surrounding the channel inlets. A growth 
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rate of 1.035 was used. The choice of these meshing 

parameters is discussed in section 2.3 on mesh 

convergence below. 

 

Steady-state simulations in the commercial program 

ANSYS Fluent were run using the SIMPLE 

pressure-velocity scheme, Green-Gauss node based 

gradient discretization, second order pressure 

discretization, third order MUSCL momentum 

discretization, and third order MUSCL energy 

discretization. Simulations were conducted for all 

combinations of the four channel designs (6-channel, 

8-channel, 12-channel, and 16-channel), composite 

material (pitch-based vs. PAN-based), and parallel 

vs. counter flow. Convergence was defined as when 

the energy residual reduced to 10
-6 

and all other 

residuals reduced to 10
-3

. Values of maximum 

temperature Tmax, average temperature Tav, and 

standard deviation of temperature σT were extracted 

for each simulation case. 

2.3 Mesh Convergence Study 

To ensure that meshes of adequate size were used 

for the simulations, a convergence study was 

conducted with the 6-channel, PAN-based, parallel 

flow fin. Mesh size was controlled with a fluid face 

sizing at the channel inlets, a solid face sizing for the 

solid face surrounding the inlets, and a sweep size. 

First, meshes with a solid face sizing of 0.5 mm and 

a sweep size of 160 elements were constructed with 

various fluid face sizings to generate different 

numbers of fluid elements per mesh. As shown in 

Fig. 4, the value of Tav increases with increasing 

number of fluid elements and then plateaus. A face 

sizing of 0.04 mm, corresponding to 0.24 x 10
6
 fluid 

elements, was chosen for future use.  

 

The sweep size was then modified for meshes with a 

0.04 mm fluid face sizing and a solid face sizing of 

0.5 mm. Increasing the sweep size results in an 

increasing number of both fluid and solid elements. 

Sweep size had little effect on Tmax or Tav amongst 

the different meshes but σT was seen to increase with 

increasing sweep size and then plateau off (Fig. 5). 

A sweep size of 160, corresponding to 1.34 x 10
6
 

total elements, was chosen for meshing. Finally, the 

solid face sizing was varied, which impacts the 

number of solid elements in the mesh. The influence 

of the solid face sizing on the results was minimal 

and a final value of 0.375 mm was chosen. The final 

mesh for the 6-channel case had 1.41 x 10
6
 elements. 

All other meshes used these three optimal mesh 

parameters. 

 

3 Results and Discussion 

3.1 Effect of Carbon Fiber Material 

Fig. 6 shows the temperature distributions obtained 

for the 6-channel pitch-based and PAN-based fins 

with parallel flow. Temperatures are shown both at 

the midplane and at the surface of each fin. For both 

the pitch-based and PAN-based fins, the middle of 

the fin and the surface of the fin have similar 

temperature distributions within the solid domain, 

with the maximum temperature of the fin surface 

being within 1 °C of the maximum temperature in 

the middle of the fin. The relative insignificance of 

through-thickness temperature gradients compared 

to in-plane temperature gradients can be attributed to 

the thinness of the fins compared to their planar 

dimensions. Proper material selection for the fins 

will thus be dictated largely by in-plane thermal 

conductivity, not transverse thermal conductivity.  

 

As seen in Figs. 6a and 6b, the pitch-based fin has a 

gradually rising temperature from left to right, 

mirroring the temperature rise of the coolant as it 

flows from left to right in the fin. The maximum 

temperature of the fin, 42 °C, is within 6 °C of the 

average fluid outlet temperature and is close to the 

goal of Tmax < 40 °C. In contrast, the PAN-based fin 

(Figs. 6c and 6d) has a temperature distribution 

largely marked by ‘hot spots’ in between the 

channels. The maximum temperature of the fin, 61 

°C, is far above the target value. The PAN-based fin 

also has a much higher Tav and σT as compared to the 

pitch-based fin. Specific values of Tmax, Tav, and σT 

for these and all other simulation cases are given in 

Figs. 7 – 9. 

 
The better performance of the pitch-based fins is 

expected based on their higher in-plane thermal 

conductivity (96 W m
-1

 K
-1

) as compared to PAN-

based fins (3.3 W m
-1 

K
-1

). This higher conductivity 

stops temperature gradients from forming between 

channels. 
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3.2 Effect of Counter vs. Parallel Flow 

Fig. 10 shows the temperature distributions obtained 

for the 6-channel pitch-based and PAN-based fins 

with counter flow. As seen in Fig. 10a, the use of 

counter flow in the pitch fin greatly reduces 

temperature variation across the fin as compared to 

parallel flow (Fig. 6b). This is observed as an 

approximately threefold decrease in σT from the 

parallel flow case to the counter flow case. The 

improved performance of counter flow in this regard 

is expected since cold inlet fluid is now divided 

between the left and right sides of the fin instead of 

being confined to a single side. The Tmax of the 

counter flow fin is also less than that from parallel 

flow, dropping below the target of 40 °C. The 6-

channel, pitch-based, counter flow fin thus meets the 

success criteria for this study. 

 

For the PAN-based fin, the use of counter flow also 

drops σT and Tmax. However, as seen in Fig. 10b, the 

fin still has significant hot spots that develop 

between channels. The Tmax value for the counter 

flow fin, 57 °C, is still well above the target value. 

 

Interestingly, counter flow produces higher values of 

Tav as compared to parallel flow, with the effect 

being most pronounced for pitch-based fins with a 

large number of channels. This could be explained 

by the fact that parallel flow provides a locally cool 

region near all of the channel inlets which lowers the 

average temperature of the fin as a whole. 

3.3 Effect of Number of Channels 

Increasing the number of channels in a fin, while 

still maintaining the same total coolant flow rate, 

leads to smaller temperature gradients developing in 

the fin since there are smaller spaces between 

channels. This effect is most prominently seen in the 

PAN-based fins; as shown in Figs. 7 - 9, Tmax, Tav, 

and σT all significantly decrease for PAN-based fins 

with an increasing number of channels.  

 

An example of these changes is seen by comparing 

the temperature distributions in 16-channel PAN-

based fins, shown in Fig. 11, to the distributions in 

six-channel fins shown in Fig 6d and Fig. 10b. The 

16-channel, parallel flow fin has a temperature 

distribution similar to the six-channel pitch-based fin 

(Fig. 6b) and has a similar Tmax of 42 °C. The use of 

counter flow results in even smaller temperature 

gradients forming and gives a Tmax just under the 

target of 40 °C. The 16-channel, counter flow fin 

thus matches the success criteria, showing that PAN-

based fins can obtain adequate cooling performance 

if they possess enough channels. 

 

Pitch-based fins also see a reduction in Tmax and Tav 

with more channels, although the effect is less 

pronounced. The value of σT shows no clear trend 

with an increasing number of channels; this implies 

that σT has reached a plateau value for the pitch-

based fins, with deviations eventually expected at 

channel numbers less than six. It is worth noting 

that, at high channel number, PAN-based counter 

flow fins actually have lower σT values than pitch-

based parallel flow fins. This shows that the use of 

counter flow can sometimes be a more significant 

variable than the thermal conductivity of a fin in 

preventing temperature deviations in a fin. 

 

In summary, Tmax, Tav, and σT for the simulated fins 

are seen to all be functions of fin material properties, 

the use of counter vs. parallel flow, and the number 

of channels in each fin. Pitch-based fins outperform 

PAN-based fins due to higher thermal conductivity, 

but the addition of more channels allows for PAN-

based fins to compete with pitch-based ones. This is 

demonstrated by the fact that obtaining a Tmax less 

than 40 °C can be accomplished with either a six-

channel pitch-based fin or a 16-channel PAN-based 

fin. Finally, the use of counter flow is seen to 

significantly lower temperature deviations in the fin 

as reflected by lower values of σT. Counter flow also 

provides the tradeoff of slightly lower Tmax values 

and slightly higher Tav values.  

 

4 Conclusions 

Actively cooled composite battery packaging would 

enable lightweight protection of batteries while 

maintaining optimal operating temperature. To 

demonstrate the feasibility of using carbon fiber 

composites for battery cooling, simulations were run 

for both pitch-based and PAN-based composites 

with varying numbers of channels and with both 

parallel and counter flow. Adequate cooling 

performance was demonstrated for both materials, 

with PAN-based fins requiring more channels than 

pitch-based fins to offset their lower thermal 
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conductivity. It was also seen that counter flow is 

generally preferred over parallel flow since it 

provides smaller temperature deviations across the 

fins and smaller maximum temperatures.  
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Fig. 1. Battery packaging for the 288 pouch cells in 

the Chevrolet Volt. Image from reference [3]. 
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Fig. 2. Schematic of battery packaging using 

actively cooled microvascular composites. 

 

 

 
 

Fig. 3. Schematic of Fluent cooling simulations. 

Dimensions of fin are in mm. 

 

 

 

 

 

 

 

Table 1. Parameters used in Fluent simulations. 

  

Property Value 

Dimensions 
 

Plate width (mm) 160 

Plate height (mm) 200 

Plate thickness (mm) 3 

Channel diameter (mm) 0.5 

  

Coolant fluid 50/50 water- 

ethylene glycol 

Density (kg m
-3

) 1065 

Viscosity
a
 (Pa s)

 
0.00315

 

Specific heat
a
 (J kg

-1
 K

-1
) 3494 

Thermal conductivity   

(W m
-1

 K
-1

) 

0.419 

  

Plate materials  

Pitch-based carbon fiber  

Density (kg m
-3

) 1780 

Specific heat (J kg
-1

 K
-1

) 950 

In-plane thermal  

conductivity (W m
-1

 K
-1

)  

96 

Transverse thermal  

conductivity (W m
-1

 K
-1

) 

1.0 

  

PAN-based carbon fiber  

Density (kg m
-3

) 1540 

Specific heat (J kg
-1

 K
-1

) 1000 

In-plane thermal  

conductivity (W m
-1

 K
-1

)  

3.3 

Transverse thermal  

conductivity (W m
-1

 K
-1

) 

0.71 

  

Boundary conditions  

Total coolant flow rate (kg s
-1

) 0.001 

Coolant inlet temperature (K) 300 

Coolant outlet pressure (Pa) 0 

Heat flux on each side (W m
-2

) 500 
a
Property stated at 300 K 
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Table 2. Channel spacings along the height of the 

cooling fins for different simulation cases. 

 
Simulation 

case 

Distance from plate 

edge to center of 

outermost channel 

(mm) 

Distance 

between center 

of adjacent 

channels (mm) 

6-channel 13.0 34.8 

8-channel 12.5 25.0 

12-channel 6.5 17.0 

16-channel 5.5 12.6 

 

 

 
 

Fig. 4. Mesh convergence plot of Tav for the 6-

channel, PAN-based, parallel flow fin. 

 

 

 
 

Fig. 5. Mesh convergence plot of σT for the 6-

channel, PAN-based, parallel flow fin. 
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Fig. 6. Steady-state temperature distributions of 6-channel fins with parallel flow. Coolant 

flow is from left to right. 
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Fig. 7. Maximum surface temperature vs. the 

number of microchannels 

 

 

 
 

Fig. 8. Average surface temperature vs. number of 

microchannels 

 

 
 

Fig. 9. Standard deviation of surface temperature vs. 

the number of microchannels 
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Fig. 10. Steady-state temperature distributions of 6-channel fins with counter flow. Arrows 

indicate locations of coolant entry. 

Fig. 11. Steady-state temperature distributions of 16-channel PAN-based fins with parallel 

and counter coolant flow.  
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1 Introduction  
When curing thermoset-based composite materials, 
the resin transforms from the liquid state to the solid 
state which induces deformations due to the thermal 
expansion and chemical shrinkage phenomena. The 
contact conditions with the mould as well as the 
atmospheric pressure exerted on the part prevent 
these deformations from developing freely so that 
internal stresses build up. Upon demoulding, a part 
of the internal stresses is released resulting in the 
appearance of distortions and some residual stresses 
remain in the material. Distortion of the part will 
depend on several factors such as, among others, the 
geometry, the materials used, the stacking 
sequences, the temperature history seen at each point 
in the part as a result of the cure cycle being applied 
or the contact conditions with the mould [1, 2]. The 
main challenges behind an accurate prediction of the 
residual stresses and deformations are the use of a 
model complexity level suited to the problem being 
studied, the material parameter values put into the 
model and the computing power required. 
 
The present study aims at studying experimentally 
some of the effects affecting the cure-induced 
deformations and at trying to model these properly. 
Angle brackets with different features are considered 
to study factors affecting spring-in angle. The 
spring-in angle ∆θ characterizes the difference 
between the nominal geometry or mould geometry 
and the cured geometry for angle brackets as 
illustrated on Figure 1. 
 
2. Experimental 
After cure, parts generally undergo different steps 
such as demoulding, removing the peel-ply, post-
curing... All these steps can cause additional stresses 
in the material and influence the deformations. The 
influence of these steps as well as cure temperature, 
number of plies and post-cure on spring-in angle has 

been studied experimentally. The parameters are 
listed in Table 1. 
 
The angle brackets were made using an epoxy resin 
male mould. The mould angle has been measured to 
89.99°, with a fillet radius of 5.64 mm. No female 
mould was used so the fibres were maintained only 
by the vacuum bag. The angle brackets are 280 mm 
long with 100 mm long flanges. The parts are 
produced by vacuum infusion with a Saertex quasi 
UD glass fabrics (90% of the fibres in the warp 
direction) and the Araldite LY5052/Hardener 
HY5052 epoxy resin system produced by Huntsman. 
The stacking sequence is the same for all the parts: 
the fibres are oriented in the direction perpendicular 
to the y-axis on Figure 2, which is the 0° direction. 
 
The heating of the parts and mould were done as 
follows: the mould was preheated at the target cure 
temperature and the resin was then infused in the 
oven with the resin at room temperature. The parts 
were cured long enough to reach their maximal 
degree of cure and then cooled to room temperature. 
The mould temperature was recorded using a 
thermocouple during the following phases: fibres 
drying, resin infusion, curing and post-curing. Some 
specimens were post-cured freestanding in an oven 
at 100°C during an hour, and a one centimetre wide 
strip was then milled on each edge of the plate. 
 
The distortions are measured using a Nikon 
MMDx50 laser scanner mounted on a 7-axis 
Metrology-grade MCA II arm. The declared 
accuracy is 50 µm which leads to an incertitude of 
0.1° on the spring-in angle measured. Laser 
measurements were taken on the parts after various 
stages of the manufacturing process: before and after 
the removal of the peel ply, after milling, right after 
and one week after post-cure. The influence of the 
cure temperature, the post-cure and the number of 
plies on the spring-in angle was studied using the 
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design of experiment presented in Table 2: each 
factor is studied separately from the others. Each 
configuration was manufactured at least 5 times in 
order to smooth the differences between 
experimental conditions. 

 
To measure the spring-in angle distribution, the 
scans were split evenly along the angle bracket in 
different sections. For each section, one line is fitted 
on each flange (see Figure 2) and the spring-in is 
computed from these two direction vectors. The 
spring-in angle is defined as the difference between 
the part angle before cure (mould angle) and the 
measured angle after cure as illustrated on Figure 1. 
To obtain the final value of the spring-in, the values 
calculated for each section of each experiment were 
averaged. 
 
3. Results and discussion 
A typical spring-in distribution result for an angle 
bracket is shown on Figure 3, at every 
manufacturing step where the angle was measured. 
It appears that removing the peel-ply (red curve) 
doesn’t have any significant effect and doesn’t 
influence the distortions. Indeed, the difference 
between before and after the removal of the peel-ply 
remains within the 0.1° incertitude of the measure, 
except on the right edge, which is interpreted as an 
edge effect. However, the post-cure (green curve) 
has a significant effect on spring-in angle. 
 
Table 3 presents the experimental results of the 
effect of number of plies, cure temperature and post-
cure on spring-in angle, with the standard deviation, 
for each configuration. The drop-off in spring-in 
observed between 6- and 12-plies parts and the 
increase in spring-in between the parts cured at 50°C 
and 70°C are in good agreement with the results 
obtained in other study [1, 3]. Attention should be 
paid while interpreting the spring-in value for the “6 
plies, 50°C” case because of the important standard 
deviation observed (±3.71E-1). 
 
4. Numerical simulation 
The numerical prediction methodology that is used 
consists in performing coupled chemical-thermal- 
mechanical finite elements calculations using FE 
package ABAQUS with the help of user material 
subroutines. The details of the model follow the 
approach suggested by Svanberg and Holmberg [4] 
which considers a simplified linear viscoelastic 
behaviour of the material where time-temperature-
degree of cure superposition is applied. Three of the 

main assumptions made are: (i) the stresses and 
strains are assumed to be zero until gelation, (ii) 
both thermal expansion and chemical shrinkage are 
assumed to be linear within each material state, and, 
(iii) the shift factor is approximated as a step 
function, so that the material properties are kept 
constant for each relevant state, rubbery or glassy, of 
the resin as illustrated on Figure 4. The material 
properties used for numerical simulations are those 
used in [5]. The transition from the rubbery to glassy 
state happens when the resin temperature reaches its 
glass transition temperature Tg which is assumed to 
depend only on the degree of cure X. The model 
used to predict the glass transition temperature Tg as 
a function of the degree of cure X is the one used in 
[6] and reminded in the following equations: 

 
               �� = 128 − 250
1 − ��					�°��   (1) 
 
where the degree of cure X is computed from the 
kinetic law: 
 
��
�� = 110000���

�����
�
���� ."��#�$.%&
�'() − ��$.*+ (2) 

 
                  �'() = 0.782 + 0.002�                     (3) 
 
where X, R and T are the degree of cure, the gas 
constant and the cure temperature in Celsius 
degrees, respectively. 
 
Even with the assumptions made, 30 material 
properties are needed in total for both states, rubbery 
and glassy. 
 
The boundary condition applied is a freestanding-
cure which means that the part is free to deform. The 
rigid body motions are blocked to prevent the part to 
move. This is a strong approximation comparing to 
the experimental setup since the pressure applied on 
top on the part by the vacuum bag keep it against the 
mould. Furthermore, the mould prevents the angle to 
close. These behaviours are not reflected by the 
boundary condition applied, but this simplified 
approach has shown good agreement with 
experimental data in [5].  
 
The angle brackets modeled are similar to the one 
experimentally manufactured: 6 and 12 plies and 
two different cure cycles regarding the cure 
temperature and post-cure. As no warpage behaviour 
would result from the simulation, only a 1 mm large 
bracket was modeled. Indeed, no effect in the length 
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direction is expected since all the plies have the 
same orientation, the part thickness is constant, 
mechanical properties are uniform in the part and no 
temperature gradient is applied in the length 
direction (y direction on Figure 2). 
 
A mesh convergence study has been run in order to 
get the best accuracy/computational cost ratio. The 
angle brackets were modelled using three 
dimensional brick element with 20 nodes (C3D20). 
The different meshes studied are detailed in Table 4. 
Since a global size was imposed, refining the size of 
the elements in the y-direction lead to refine the 
mesh in the 0° direction. The results of the mesh 
convergence study presented on Figures 5 and 6 in 
term of spring-in and computational time cost 
respectively. The relative difference in term of 
spring-in between the results obtained on the finest 
mesh (number 8) and the coarser one is about 4‰. 
Regarding this small difference and the computation 
time, it was therefore decided to use the mesh 
number 2 in the following simulations. 
 
The post-processing consists in extracting the angles 
before and after post-curing step in order to compute 
the spring-in. 
 
6. Comparison 
The spring-in values obtained by numerical 
simulations for the different configurations are 
presented in Table 5. These numerical results are 
compared to the experimental ones on Figures 7 and 
8 in order to highlight the influence of the different 
parameters tested on the spring-in angle: 
 

− Cure temperature 
 
The simulation performed in this study is able to 
predict the behaviour observed experimentally and 
are in agreement with other studies [3]: a higher cure 
temperature increases the spring-in angle since both 
thermal strains and degree of cure are more 
important when the cure temperature is higher. 
 

− Post-cure 
 
Numerical simulations can predict the effect 
observed experimentally of the post-cure on the 
spring-in angle: the post-cure tends to increase the 
spring-in angle. Svanberg and al. explained this 
phenomenon by the frozen-in deformations that 
appear in the parts constrained by the vacuum bag 
[3]. During post cure these strains are released when 

the material transforms for the first time from the 
glassy to rubbery state. Releasing these strains 
results in increasing the spring-in angle. If the 
frozen-in strains are higher at higher cure 
temperature, releasing theses strains results in an 
increase of the spring-in angle when the cure 
temperature is higher. 
 

− Number of plies 
 
The simulation results are not significantly 
influenced by the thickness of the parts while 
experimental results showed a reduction of the 
spring-in angle for thicker parts. Experimental 
results are in accordance with observations made in 
other studies and reported in [1, 7, 8]. Radfort and 
Rennick in [7] and Darrow and Smith in [8] have 
shown the link between the part thickness and the 
spring-in evolution: the higher thermal expansion 
coefficient of the tool compared to the expansion 
coefficient of the part induces residual stresses at the 
tool-part interface. Theses stresses act on a certain 
depth of influence which becomes less significative 
regarding the part thickness when increasing the 
thickness of the laminate. Wisnom and al. showed in 
[9] that the tool part interaction is not the only 
factors that links the influence of the part thickness 
on the spring-in angle by curing parts on a tool made 
of the same material as the parts in order to get rid of 
the thermal mismatch: it has been shown on C-
shaped geometry that decreasing the arc length/part 
thickness ratio reduces the spring-in angle due to 
shearing that can occur [9]. Regarding the spring-in 
angle values, it can be seen that the numerical 
simulation tends to overestimate the values (except 
for the “6 plies, 50°C + pc” case). For the 6 plies 
parts, the spring-in values predicted are close to the 
measured ones: the difference doesn't exceed 0.1°. 
 
Since most of the material properties used were not 
measured experimentally on the actual material 
being considered but taken instead from the 
literature on woven fabric [5], a sensitivity analysis 
was carried out to assess the impact of the properties 
uncertainty on the distortion results and, hence, 
identify the particular material properties that need 
to be characterized more precisely to improve the 
accuracy of the simulation. The analysis was 
conducted using the in-house software Minamo, 
which allows performing a sample-based sensitivity, 
in which the simulation was done repeatedly with 
different sets of input parameters chosen randomly. 
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Variations of +/- 10% in the parameters around the 
initial values were allowed. The result of this 
analysis is presented on Figure 9. The transverse 
coefficient of thermal expansion in the transverse 
direction at the glassy state has the major influence 
and should be determined accurately in order to 
improve the simulation results by reducing the 
uncertainty on the values. 
 
7. Conclusion 
The comparison between experimental and 
simulation results have helped evaluating the cure 
model developed by Svanberg and al. in [4] and 
implemented at Cenaero. Regarding experimental 
results and previous observations, the model is able 
to predict the effect of the cure temperature and 
post-cure on the cure-induced spring-in. 
Experimental results showed that if the post-cure 
step has a significant effect on the spring-in angle, 
the removal of the peel-ply doesn't influence the 
deformation. Even if the boundary condition, i.e. 
freestanding cure, implemented in the present study 
gave good results regarding the experimental data, 
other boundary conditions such as a fully-
constrained cure followed by a demoulding step or 
applying a pressure on the top of the part to account 
for the effect of the vacuum bag, for instance, have 
to be evaluated in future works to try to be closer to 
the experimental results. The sensitivity analysis 
performed showed that the predicted spring-in 
computed with the model implemented is 
significantly affected by the transverse coefficient of 
thermal expansion of the material in the transverse 
direction at the glassy state. Therefore, experimental 
TMA measurement, for instance, of this material 
property seems necessary in order to improve the 
accuracy of the numerical simulations in future 
works. Other studies such as [1, 10, 11] have shown 
the importance of modelling the tool-part interaction 
in predicting cure-induced deformations. This 
modelisation hasn't been done in the present study 
but seems to be a key point in order to improve the 
accuracy of the numerical simulations of cure-
induced deformations. 
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 Tc [°C] Nb of plies Post-cure 
1 50 6 yes 
2 70 12 no 

Tab. 1. Range of the parameter values considered in the 
study of the spring-in angle shown by the angle brackets. 

 
 

Configurations Tc [°C] Nb of plies Post-cure 
A 1 1 1 
B 1 1 2 
C 1 2 1 
D 1 2 2 
E 2 1 1 
F 2 1 2 
G 2 2 1 
H 2 2 2 

Tab. 2. Plan of experiments used to study the influence of 
the 3 parameters studied on the spring-in angle. Numbers 

refer to those in Table 1. 

 
 

Configurations 
Measured 
spring-in 

Standard 
deviation 

6 plies, 50°C 5.96E-1 3.71E-1 

6 plies, 50°C + pc 7.24E-1 1.64E-1 

6 plies, 70°C 7.82E-1 4.48E-2 

6 plies, 70°C + pc 8.57E-1 7.23E-2 

12 plies, 50°C 4.85E-1 1.04E-1 

12 plies, 50°C + pc 4.57E-1 8.67E-2 

12 plies, 70°C 6.32E-1 3.77E-2 

12 plies, 70°C + pc 6.95E-1 5.50E-2 

Tab. 3. Experimental results of the influence of the 
number of plies, cure temperature and post-cure on 

spring-in angle. The application of a freestanding post-
cure step is written "pc". 

 
 
 
 
 
 
 
 
 
 

N° 
Nb of elements in 

the y-direction 
Nb of elements in the 
thickness direction 

1 1 2 

2 1 4 

3 1 8 

4 2 4 

5 2 8 

6 4 8 

7 4 12 

8 6 8 

Tab. 4. Specifications of the meshes used for the mesh 
convergence study. 

 
 

Configurations 
Predicted 
spring-in 

6 plies, 50°C 6.36E-1 

6 plies, 50°C + pc 6.84E-1 

6 plies, 70°C 8.78E-1 

6 plies, 70°C + pc 9.63E-1 

12 plies, 50°C 6.36E-1 

12 plies, 50°C + pc 6.85E-1 

12 plies, 70°C 8.79E-1 

12 plies, 70°C + pc 9.64E-1 

Tab. 5. Prediction of the influence of the number of plies, 
cure temperature and post-cure on spring-in angle. The 
application of a freestanding post-cure step is written 

"pc". 
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Fig. 1. Definition of the spring-in angle. 

 
Fig. 2. Spring-in angle calculation

 

 
Fig. 3. Influence of several finishing steps on spring-in angle

 
  

Before removing the peel-ply 

After removing the peel-ply 

After post-cure 
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Fig. 4. Mechanical properties are kept constant for each 

relevant state, glassy or rubbery. The green curve 
represents the real behaviour while the red one is the 

approximation made. 

 

 
Fig. 5. Predicted spring-in angle for each mesh specified 

in Table 4. 

 

 
Fig. 6. Computation time of the FE simulation for each 

mesh specified in Table 4. The time is given in hh:mm:ss 
format. 
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Fig. 7. Comparison between experimental and predicted results for the 6 plies laminate.
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Fig. 8. Comparison between experimental and predicted results for the 12 plies laminate. 

 

 
Fig. 9. Importance of the material properties determination on the simulation results. Indices r and g stand for glassy and 

rubbery states respectively.

  

 

Accounts for 82% in the predicted deformations 
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1 Introduction 

The austenitic stainless steel is widely used in 

industry owing to their excellent corrosion 

resistance, heat resistance, oxidation resistance and 

workability. However, the application of this alloys 

is restricted by low mechanical properties and poor 

anti-friction properties [1-3]. Many authors present  

different approach to strengthening issues of 

stainless steel. The purpose of this investigations 

were mainly to improve the mechanical properties of 

the stainless steel. The literature [4-8] shows that a 

good way to improve this properties is the 

incorporation of ceramic particles into the austenitic 

stainless steel. Moreover, the improvement of the 

wear resistance of composites can be obtained. 

Generally, morphology, volume fraction, mode of 

distribution of various phases and their properties 

like hardness, strength, cracking tendency and 

thermal and chemical stability greatly influence the 

mechanical and tribological properties of 

composites. Also, applied experimental parameters 

(pressure, temperature and time) are the significant 

factors influencing on this properties [8-11].  

Many studies were reported on the application of 

TiB2 ceramic as reinforcing phase in composites 

having matrix of iron, copper, aluminium and their 

alloys [12-18]. Attempts on the development of TiB2 

reinforced stainless steel are only a few. Thong and 

Lau [19,20] reported on the enhancement of sliding 

wear and abrasion resistance of AISI 304 stainless 

steel reinforced with various volume friction of TiB2 

particles by hot isostatic pressing. The improved 

wear resistance was attributed to the presence of 

hard ceramic particles within stainless steel matrix. 

Nahme et al. [21] studied the mechanical properties 

of the AISI 316L austenitic stainless steel reinforced 

with 15 vol.% TiB2. The improvement of the 

Young’s modulus, tensile strength and compression 

strength was obtained. However, the strain 

decreased strongly from 45% to about 6% for the 

reinforced material. Bacon et al. [22] studied fatigue 

and fracture mechanisms in austenitic stainless steel 

reinforced with 25 vol. % of TiB2 particles. A plain 

strain fracture toughness of 29.6 MPa*m
0.5

 was 

obtained for this material. This value is significantly 

lower than that of the 316L parent alloy but is 

adequate for many engineering applications. 

Methods for the production of stainless steel matrix 

composites reinforced with TiB2 involve ingot 

casting and powder metallurgy (PM) processes. The 

powder  metallurgy is ideal to obtain this composites 

because it provides the dispersion of fine particles 

[21,23]. The most popular method of obtaining the 

composites is applying sintering under pressure, for 

example hot isostatic pressing (HIP) or high pressure 

-high temperature (HP–HT) method. The application 

of the HP-HT sintering permits achieving extreme 

high pressure) and high temperatures simultaneously 

during the process. Therefore, the sintering process 

proceeds much faster (usually in several minutes) 

than free sintering which usually takes few to 

several hours. The obtained sinters are characterized 

by a degree of densification reaching almost 100% 

and isotropic properties. The use of such conditions 

can also reduce the diffusion of particles and prevent 

grain growth [24,25]. 

The high-pressure devices are composed of 

hydraulic presses and specially-designed chambers 

that permit sintering. Presently, many solutions for 

MICROSTRUCTURE, MECHANICAL AND TRIBOLOGICAL 

PROPERTIES OF AUSTENITIC STAINLESS STEEL 

COMPOSITES REINFORCED WITH TIB2 PARTICLES 
 

 

Iwona Sulima 

Institute of Technology, Pedagogical University, ul.Podchorazych 2, 30-084 Krakow, Poland 

* Corresponding author (isulima@up.krakow.pl) 

 

 

Keywords: sintering, composites, titanium diboride (TiB2), austenitic stainless steel 

 

 

 

ICCM19 5672

mailto:isulima@up.krakow.pl


such high-pressure chambers exist. Basic types of 

the chambers applied in industry are the following: 

spherical chambers of Bridgman type, ‘Belt’ type 

chambers and multi-die cubic chambers. Such 

construction solutions of the synthesis chamber 

allow for relatively large volume of reaction charge, 

optimal distribution of pressure and achievement of 

high sintering temperature. Their characteristic 

feature is attaining quasi-hydrostatic state of stress 

through stable medium transferring pressure, such as 

various kinds of rocks, most often. The highest 

possible temperature at which the sintering process 

can be carried by means of HP-HT method is 

2000°C, or even more – depending on the duration 

of the sintering process [25,26]. 

In the presence study, the mechanical and 

tribological properties of sintered 316L austenitic 

stainless steel reinforced with TiB2 ceramic were 

investigated. 

 

2 Experimental procedure 

 

The AISI 316L austenitic stainless steel powder  

(25 μm, Hoganas) and TiB2 powder (2.5-3.5µm, 

99.9 wt.%,  H.C. Starck) were used in the present 

study. The stainless-steel powder have the chemical 

composition as follows: 17.20 wt.% Cr, 12.32 wt.% 

Ni, 2.02 wt.% Mo, 0.43 wt.% Mn, 0.89 wt.% Si, 

0.03 wt.% S, 0.028 wt.% P, 0.03 wt.% C and 

balance of Fe. wt.%). 

The powder were mixed in a turbula mixer for  

12 hours. The composites containing 4 and 10 vol.% 

of TiB2 were consolidated using the high pressure-

high temperature (HP-HT) method. Figure 1 

presents the scheme of Bridgman-type HP-HT 

apparatus. The mixtures were preliminarily 

consolidated into pellets of diameter 15 mm and 

height 5 mm under pressure of ~200 MPa. The 

samples were sintered at temperatures of 1000C 

and 1300C and pressure of 7 ± 0.2 GPa for 60 

seconds. 

Density was determined by weighing in air and 

water using Archimedes method. Uncertainty of 

measurements was 0.02 g/cm
3
. 

Young’s moduli of the composites were measured 

basing on the velocity of the ultrasonic waves 

transition through the sample using ultrasonic flaw 

detector Panametrics Epoch III. The accuracy of the 

calculated Young’s modulus was estimated at 2 %. 

Sintered samples were prepared by lapping on a cast 

iron plate with diamond paste and etching. The 

Vickers indentation tests were performed using  

FM-7 microhardness tester. The applied load for 

non-graded materials was 2.942 N. Standard 

deviations of HV0.3 values were no more than 4 % 

of the average values. 

The compression test was carried out at INSTRON 

TT-DM machine at strain rate of about of 10
-3

 s
-1

. 

The mechanical tests were carried out at room 

temperature. These tests were performed with 

specimen of 3 mm in diameter and 4.5 mm in high. 

Tribological tests were carried out using the  

UMT-2T (producer CETR, USA) Ball-on-disk 

tribotester. Tests were carried out without lubricant 

according to the ISO 20808:2004(E). For ball-on-

disk method the sliding contact is brought by 

pushing a ball on a rotating disc specimen under a 

constant load (Fig.2). The loading mechanism 

applies a controlled load Fn to the ball holder. The 

friction force was measured continuously during the 

test using the extensometer. 

 

 
 

Fig.1 Scheme of Bridgman-type, toroidal HP-HT 

apparatus: 1 – anvil (A – central part made of 

sintered carbides, B – supporting steel rings), 2– 

pyrophyllite container, 3 – pyrophyllite gasket, 4 – 

material for sintering , 5 – punch, 6 – supporting 

plate [25] 
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Fig.2. Schematic of the Ball-on-disk wear test 

system [27].  

 

For each test a new ball is used. Specimens are 

washed in high purity acetone and dried. After 

mounting the ball and sample, materials are washed 

in ethyl alcohol and then dried. Ball was made of 

Al2O3 with diameter of 3.175 mm. The tests were 

conducted at room temperature under load of 4 N for 

sliding speed of 0.1 m/s and a total sliding distance 

of 100 m. Duration of a test was 1000 s. 

For morphological characterization of the 

composites JEOL JSM 6610LV scanning electron 

microscope (SEM) was used. EDS technique 

(AZtec) was applied to determine the chemical 

composition of sintered composites. Also, the phase 

compositions of selected samples were analyzed by 

X-ray diffraction (XRD) using Cu K radiation with 

a scintilation detector (Brucker Discover D8).  

3 Results 

The density of the composites as a function of TiB2 

addition amount are presented in Fig.3. At the 

applied conditions of sintering, composites with a 

very high level of consolidation were obtained. The 

density values are 95-100% of theoretical density. It 

can be seen that the densification increases for 

composites with 4% vol. of TiB2. However, the 

application 10% vol. of TiB2 ceramic causes the 

reduction of density. 

An effect of TiB2 addition on the Young’s modulus 

and hardness of composites is illustrated in Figs.4 

and 5. It was observed that the Young’s modulus 

increases with the increasing content of TiB2 phase. 

In case of the composite with 10% vol. of TiB2, the 

Young modulus are 207 GPa and 210 GPa for 

temperature of 1000C and 1300C, respectively. 

For comparison, the Young’s modulus of the 

austenitic stainless steel are 184 GPa and 190 GPa, 

respectively. 

 

 

 
Fig.3 Variation of density with TiB2 content for 

sintered composites. 

 

 

 
Fig.4 The results of the Young’s modulus of 

composites as a function of TiB2 content. 
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Fig.5 The results of the microhardness of composites 

as a function TiB2 content. 

 

 
Fig.6. The results of the compression tests for the 

austenitic AISI 316L stainless steel and steel-TiB2 

composites. 

 

Similarly, the microhardness of the composites 

increased with increasing the TiB2 content in the 

steel matrix. It is seen that the microhardness is 

higher for composites sintered at lower temperature. 

The microhardness are 435 HV0.3 and 402 HV0.3 

for composites with 10% vol. sintered at 1000C and 

1300C, respectively. However, for the unreinforced 

steel which was sintered at the same temperatures, 

the microhardness receives values of 340 HV0.3 and 

223 HV0.3, respectively. The improvement of 

microhardness is a result of the dispersion 

strengthening by TiB2 particles in the steel matrix. 

This effect is attributed to the higher hardness of the 

TiB2 particles.  

 
Fig.7 The friction coefficient of composites 

containing various content of TiB2. 

 

 
Fig.8 Variation of specific wear rate with TiB2 

content for sintered composites 

 

 

Figure 6 shows the influence of content of TiB2 and 

temperature on the compression strength. The 

increase of the compression strength with the 

increase of TiB2 phase content was observed. The 

highest compression strength was obtained for the 

composite with 10 vol. %  TiB2 which was sintered 

at temperature of 1300C. In the case of these 

materials, the 0.2% proof strength (R0.2) has the 

highest values, it is equal to 1185 MPa. 

In Figure 7, friction coefficient () measured using 

ball-on-disc method is presented. The decrease of 

the friction coefficient of the sintered composites 

with increasing TiB2 content was observed. 
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a) 

 
b) 

 
c) 

Fig.9 Microstructure of the: a) AISI 316L austenitic 

stainless steel and composites: b) 4 vol.% TiB2 and 

c) 10 vol.% TiB2 (after sintering at 1300C). 

 

 
 

Fig.10 (a) SEM micrograph of composites with 4 

vol.% TiB2 sintered at 1300C and (b,c) the 

corresponding EDS analyses at the selected points.  
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Fig.11 SEM micrograph of composites with 10 

vol.% TiB2 sintered at 1300C. 

 

 

The friction coefficient of composites with 10% vol. 

TiB2 is about 20-25% lower in comparison to the 

austenitic stainless steel. The lowest value of the 

friction coefficient have composites with 10% vol. 

TiB2, it is equal to 0.5 (for samples sintered at 

1300C). It can be seen from Figure 8 that 

increasing the content of TiB2 in matrix causes a 

lower wear rate compared to pure austenitic stainless 

steel. In composite, material removal is limited 

because there is an accumulation of TiB2 particles on 

the surface after the steel having been removed 

during the sliding. In effect, the improvement of 

wear resistance was observed. It was also observed 

that the tribological properties of composites depend 

on the sintering temperature. Generally, for 

temperature of 1300C friction coefficients and 

smaller wear rates were obtained lower. 

The typical microstructure of the austenitic stainless 

steel and discussed composites with different 

content TiB2 are shown in Figures 9-11. 

Microstructure observations revealed that TiB2 

particles with an average size of 3-6 µm are 

homogeneously distributed in the steel matrix. 

However, the formation the agglomeration of TiB2 

practices was observed locally. The EDS analyses 

confirmed the presence of TiB2 along the grain 

boundaries in all the sintered composites (Fig.12). 

Similarly, Figure 13 presents the XRD results of 

sintered composites, characterized only by the 

presence of TiB2 in steel matrix. There is no 

indication of formation of a new phase.                                                                                                                                                                                                                                             

 

 

 

 

 
Fig.12 SEM microstructure of composites with 10 

vol.% TiB2 (sintered at 1300C) and line scans 

analysis for Ti, B, Fe, Cr, N, Mo and Mn.  

Ti  Kα1 

B  Kα1 
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.  

Fig.13. X–ray diffraction pattern of the sintered 

materials obtained at temperature of 1300C and 

pressure of 7 GPa. 

 

4 Conclusions 

Two variants of the steel-TiB2 composites with  

4 vol.% and 10 vol.% of TiB2 phase were obtained 

by high pressure–high temperature (HP-HT) 

method. 

The application of a larger participation of 

strengthening phase improves the properties of the 

sintered materials. The composites with 10 vol.% 

TiB2 sintered by HP-HT method provide the 

attractive combination of physical and mechanical 

properties. The results show that this composites 

exhibited higher Young’s modulus, Vickers 

hardness and compression strength in comparison to 

conventionally austenitic AISI 316L stainless steel. 

The wear resistance of the steel-TiB2 composites 

improved with the increase of the content of TiB2. 

The results suggest that the temperature of only 

1000C is sufficient for good quality of HP-HT 

sintering of these composites.  
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1 Introduction  

Graphene has recently attracted wide interest 

because of its 2-D structure and outstanding 

electrical and mechanical properties. Due to its high 

surface area and aspect ratio, graphene is capable to 

improve mechanical properties, gas impermeability 

and electrical conductivities of polymer [1, 2]. 

However, it is not clear whether the glass transition 

temperature (Tg) changes with incorporation of 

graphene in polymers.  

In this work, PMMA/graphene nano-composites 

were prepared by in situ polymerization and solvent 

blending.  The effect of these two processing 

methods and also tacticity on Tg was investigated 

and related to interface interaction between PMMA 

and graphene. 

 

2 Experimental 

2.1 Materials  

The atactic PMMA (a-PMMA; Polysciences, Mw 

= 350,000, PDI = 2.7), isotactic PMMA (i-PMMA; 

Sigma Aldrich, 97% isotactic), methyl-methacrylate 

monomer (MMA; Aldrich, 99%), tetrahydrofuran 

(THF), methanol, 2,2'-azobis(2-methylpropionitrile 

(AIBN) , thermally reduced graphene sheets (TRG; 

Vorbeck Materials, C/O=9/1) and near pristine 

graphene (PG; N002-PDR, Angstron Materials 

C/O=49/1) were used in this work.  

2.2 Preparation of samples 

PMMA/graphene/THF suspensions with different 

loading of graphene (0-1wt% in PMMA) were 

precipitated in methanol and collected by filtration, 

and then dried at 80 °C under vacuum for 10 h 

respectively. In situ polymerization of MMA / 

graphene/THF suspensions with different loading of 

graphene (0-1wt% in PMMA) were carried out at 

65 °C for 24 h under N2 (initiator: AIBN). After 

polymerization, the obtained polymerized samples 

were dried in a hood at 80 °C for 24 h under N2. 

Samples were dried at 120 °C in vacuum for 24 h, 

and then the sheet samples were formed by pressing 

at 210 °C at 2 MPa for 5 min.  

PMMA thin films and graphene papers for contact 

angle measurement were also prepared by spin 

coating on glass substrate, by filtration from 

graphene/ THF suspensions, respectively. 

2.3 Characterization 

Differential scanning calorimetory (DSC) 

measurements were performed using a TA 

Instruments Q1000 at a rate of 10 °C/min. Fourier 

transform infrared spectroscopy (FT-IR) were 

measured by Nicolet Macna - IR760 Spectrometer 

for graphene, and by Bruker ALPHA FT-IR 

Spectrometer for nano-composites sheets. Contact 

angle measurements of water on graphene paper and 

PMMA were performed using a Kyowa Interface 

Science Microscopic Contact Angle meter MCA-3. 

Raman spectra were measured by WITec An alpha 

300R confocal Raman microscope. An air-cooled 

argon-ion laser operating at wavelength of 514.5 nm 

was used as an excitation source. 

 

3 Results and discussion  

Tg of PMMA/graphene nano-composites by DSC 

are shown in Fig.1. Tg changes are different with 

processing and tacticity. In situ polymerized PMMA 

/TRG nano-composites showed the biggest increase 

of Tg. Among the solvent blended samples, only Tg 

of i-PMMA based nano-composites were increased.   
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Fig 1. Tg of PMMA/graphene nano-composites 

 

Fourier transform infrared spectroscopy (FT-IR) of 

TRG and extracted TRG are shown in Fig 2. 

 

 
Fig 2. Fourier transform infrared spectra from 

TRG and extracted TRG. The spectra were recorded 

in transmission mode. 

 

Compared to the spectrum from TRG, the 

spectrum from extracted TRG has O-CH3 peak 

(2700-3000cm
-1

), C=O peak (1727 cm
-1

) and OCH2-

H peak and α-CH2-H (1430-1480 cm
-1

) [3, 4]. 

Presence of these peaks clearly suggests that PMMA 

exists on graphene surface. 

Contact angle measurements were conducted for 

estimation of affinity between PMMA and graphene. 

Contact angle of water on graphene paper and 

PMMA are shown Table 2. Here, extracted TRG 

was the TRG removed by filtration from in situ  

polymerized PMMA/TRG nano-composites. 

 

 

Table 2. Contact angles of water 

 
 

Contact angle of extracted TRG became smaller 

than that of ordinary TRG, and closer to that of  

PMMA. This suggests that the affinity between 

PMMA and graphene is increased by PMMA chains 

covalently bonded on the surface of graphene during 

in situ polymerization. Torkelson et al. reported that 

a well wetted matrix polymer/filler interface can 

lead to a stronger interaction to increase Tg [5]. The 

bonded PMMA chains on TRG enhanced wetting 

during in situ polymerization and cause the large Tg 

increase. 

    FT-IR spectra of solvent blended PMMA/TRG 

nano-composites are shown in Fig 3. 

 

 

Fig 3. FT-IR spectra in carbonyl area of TRG/ 

PMMA nano-composites. (Intensity of peaks are 

normalized at 1723cm
-1

). 

 

The peak changes at lower frequency of i-

PMMA/TRG nano-composites indicate hydrogen 

bonding with graphene.  

Raman spectra of solvent blended 

PMMA/graphene nano-composites were also 

measured for evaluation of for the conformation of 

PMMA. The changes of peak ratio of C-H2 

stretching (2953cm
-1

, I2953), and C-C, C=O side 

chain stretching(812cm
-1

, I812), I2953/I812, of PMMA 

were shown in Fig 4. 
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PROCESSING AND TACTICITY EFFECT ON GLASS TRANSITION 

TEMPERATURE OF PMMA/GRAPHENE NANO-COMPOSITES. 

 
Fig 4. The changes of the peak ratio I2953/I812 of 

solvent blended PMMA/graphene nano-composites 

 

The peak ratio, I2953/I812,, of a-PMMA/TRG nano-

composites stays almost constant, while the peak 

ratio of both i-PMMA/TRG and i-PMMA/PG nano-

composites increase with an increase of 

concentration of graphene. 

Grohens et al reported that the degree of peak 

shift of carbonyl area of PMMA in FT-IR spectrum 

is related with the number of surface-bonded 

carbonyl group of PMMA thin films on silica and 

alumina substrates, and they found that Tg of i-

PMMA thin films increased more than Tg of a-

PMMA due to the higher number of hydrogen bond 

between PMMA and the substrates [6]. Chen et al. 

reported that the peak ratio of change, I2953/I812, of 

PMMA in Raman spectrum is related with the 

orientation of PMMA chains at interface between 

PMMA and SWCNT. A higher value of I2953/I812 

represents stronger anisotropy interaction between 

PMMA and SWCNT [7]. Referring to the study by 

Grohens et al. and Chen et al., the results suggest 

that the main chains of i-PMMA at the interface are 

aligned by graphene sheets. The aligned PMMA 

chains have higher interaction with graphene, and 

were confined stronger than a-PMMA in solvent 

blended nano-composites. This may cause larger Tg 

increase of i-PMMA/graphene nano-composites 

compared with a-PMMA/graphene nano-composites. 

 

4. Conclusion  

 Tg of PMMA/graphene nano-composites are 

affected by processing and tacticity. In situ 

polymerization causes a significant increase, ~9° C, 

of Tg, whereas solvent blending of a-PMMA showed 

no increase. PMMA appears to covalently bond to 

TRG during polymerization. Tacticity of PMMA 

does affect Tg of solvent blended nano-composites. i-

PMMA chains can interact with graphene with 

higher interaction density and are confined more 

strongly than a-PMMA in nano-composites. This 

stronger interaction causes ~2° C Tg increase of i-

PMMA based nano-composites.   
 

Acknowledgement 

This research was supported by the University of 

Minnesota Industrial Partnership for Research in 

Interfacial and Materials Engineering (IPRIME), and 

the Abu Dhabi-Minnesota Institute for Research 

Excellence (ADMIRE) program. The authors would 

like to thanks to Toray Industries, Inc. for financial 

support, Vorbeck Materials for the TRG sample. 

Parts of this work were performed in the University 

of Minnesota College of Science and Engineering 

Characterization Facility, which receive partial 

support from the NSF-NNIN program and capital 

equipment funding from the NSF through the 

MRSEC program. 

 

References 

[1] H. Kim, A. A. Abdala, and C. W. Macosko, 

Macromolecules, 43, 6515–6530 (2010). 

[2] H, Kim and C. W. Macosko, Polymer, 50, 3797–

3809 (2009). 

[3]  H.A Willis, Mrs V.J.I Zichy, P.J Hendra, 

Polymer, 10, 737–746 (1969). 

[4]  P. Schmidt, B. Schneider, S. Dirlkov, M. 

Mihailov, European Polymer Journal, 11, 229-

232 (1975). 

[5] P. Rittigstein and J. M. Torkelson, J. Polym. Sci. 

Part B: Poly. Phys., 44, 2935–2943(2006) 

[6] Y. Grohens, M. Brogly, C. Labbe, M.-O. David, 

and J. Schultz, Langmuir, 14, 2929–2932, 1998. 

[7] B. Chen, M. Cinke,  J. Li, M. Meyyappan, Z. 

Chi, J. P. Harmon, P. A. O'Rourke Muisener, L. 

Clayton, J. D'Angelo, Adv. Funct Mater., 15, 

1183-1187 (2005). 

 

 

ICCM19 5682



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction  

3D weaving is a manufacturing process capable of 

producing near net, highly shaped textile preforms 

with interlocking fibers between layers.  A Jacquard 

loom enables the complicated fiber architectures 

during 3D weaving, as each warp end in a preform is 

controlled independently.  The preform cross-

sectional shape is generated by using either a shuttle 

or rapier to insert multiple weft fibers (those fibers 

perpendicular to the warp) to build up thickness.  

The complete cross section may take several dozen 

insertions to complete, depending upon the desired 

structural performance, fiber volume, etc.  At the 

completion of each set of passes, the preform take-

up advances and the process is repeated.  In effect, 

the preform consists of a series of parallel planes of 

fiber connected by small lengths of warp fiber.  The 

interlocking fibers provide increased damage 

tolerance when compared to 2D laminated 

composite structures.  These types of preforms are 

now being used, or considered for use, in a wide 

variety of aerospace engine and airframe 

applications. 

In some of these applications, mechanical fasteners 

are the primary method for joining structure.  

Typically, for bearing response, quasi-isotropic 

laminate designs are found when 2D laminates are 

employed.  However, the off-axis fibers present in a 

2D quasi-isotropic laminate are difficult to cost 

effectively incorporate into a 3D woven structure.  

Consequently, there is interest in understanding 

whether the presence of reinforcement in the z-

direction of the 3D woven composite compensates 

for the lack of off axis fibers in bearing applications.  

To better characterize 3D composites for use in such 

applications, Albany Engineered Composites (AEC) 

investigated the response of 3D woven composites 

to loads introduced via mechanical fasteners.  Tests 

were conducted on specimens fabricated from 3D 

woven preforms using a Resin Transfer Molding 

(RTM) process.   

Specifically, AEC examined the bearing response of 

3D woven composites in double shear [1] and the 

pull through strength [2] as a function of weft tow 

size and preform architecture.  Warp tow size was 

held constant for this study. 

2 Materials and Methods 

2.1 Fiber 

This investigation explored the effect of the tow size 

in the weft direction for IM 7, which is an 

intermediate modulus carbon fiber manufactured by 

Hexcel Corporation [3].  The tow sizes for this study 

were limited to 12k and 24k.  The warp fibers were 

held constant as 12k IM7.  The 12k tow was 

procured and used as is from Hexcel.  Additional 

processing (twisting) was necessary to make the 24k 

tow.   

Availability, cost and demonstrated application of 

these fiber types in certified composite structures 

prompted the selection of this particular fiber type 

and tow sizes.   

2.2 Resin 

This research utilized a toughened epoxy resin 

system, ST-15, which is manufactured by Hexcel 

Corporation.  The resin is formulated for use in the 

RTM process. 

Availability, cost, and the use of ST-15 on aerospace 

composite structures currently in certification were 

primary drivers in selecting this resin system for this 

study. 
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2.3 Preform Architectures 

Two types of preform architectures were examined, 

orthogonal and ply to ply angle interlock.  In an 

orthogonal design, the warps go from the upper 

surface of the preform to lower in a single weft 

column.  For a ply to ply angle interlock design, the 

transition of the warp from surface to surface occurs 

over numerous weft columns.   A weft column refers 

to the number of wefts inserted into a preform prior 

to the take-up advancement.  

Figure 1 illustrates typical designs for orthogonal 

and ply to ply angle interlock.  It should be noted 

that the interlocking fiber in the ply to ply design 

only goes down a few layers.  The interlocked layers 

are tied together by alternating the location of the 

interlocks along the warp direction of the preform.   

Because of the various possible combinations 

available when designing 3D woven preforms, it 

was necessary to further limit the design space. 

The warp to weft ratio was restricted to 50:50 and 

60:40 for each of the architectures.  In addition, the 

selected designs had a fiber volume fraction of 51 ± 

3% at the molded thickness. AEC selected the 

warp/weft ratio based upon previous experience.  

The availability of an existing molding tool drove 

the selection of the fiber volume. 

2.4 Fabrication Methods  

2.4.1 Weaving 

All of the preforms were woven on the same 

jacquard loom using a captured shuttle from the 

same warp.  In this instant, warp refers to the all the 

fiber set up behind the loom that is pulled through 

the loom during the manufacturing process.  A 

single warp set-up was chosen to save cost and 

reduce variability from different fiber lots as it 

limited the draw-in to a single event.  Draw-in is the 

step in the weaving process where the warp fibers 

are inserted into the heddles of the jacquard loom. 

The program code for each design was generated 

using AEC proprietary software, Techniweaver™.   

It was then loaded into the loom control system and 

executed by the weaving technician.   

2.4.2 Molding 

All of the composite panels were manufactured 

using Resin Transfer Molding (RTM).  A two sided 

closed mold was utilized to compact the preform to 

the desired fiber volume fraction.  The average panel 

thickness for this study was 4.08 mm ±0.1mm.  For 

this effort, a single mold injection method was used 

– one part produced per each injection.  

While a press is often used in RTM, these particular 

composite panels were fabricated in an oven as the 

tool was designed for oven processing.  Strong 

backs, which are external stiffeners, were employed 

to minimize the variability between molded parts.  In 

addition, the same oven was used to manufacture the 

parts to reduce variability.  

As the tool was reaching the prescribed temperature, 

the cavity was evacuated to a predetermined level 

and a leak check was performed.  Upon successful 

completion of the leak check, a pre-heated resin was 

then injected into the mold under slight pressure 

using a Radius 10,000 cc injector. [4]  

This particular injector allows process to be 

controlled by either pressure or flow.  Flow control 

was utilized for these injections.  The same injector 

was used to manufacture all the panels. 

The actual RTM process parameters, while 

proprietary to AEC, were within the recommended 

parameters provided by the manufacturer.   

2.5 Test Methods  

AEC utilized an independent test laboratory to 

perform mechanical testing of the composite panels.  

Specifically, the testing investigated the bearing 

response in double shear using reference [1], 

procedure B and the fastener pull through according 

to reference [2].  Fiber volume was also determined 

using method I, procedure B of reference [5] so that 

the results could be normalized and compared. 

For the bearing response in double shear, AEC 

tested the 3D woven composite panels at three 

distinct orientations – 0 degrees, which coincides 

with the warp fiber path, 45 degrees, and 90 degrees, 

which aligns the load path with the weft fiber 

direction of the specimen.   

This approach resulted in a total of 144 data points 

for the bearing response of 3D woven composites 

(eight preform architectures with six specimens per 

orientation).  Figure 2 shows a typical test set-up for 

the bearing test.  Specifically, this set up shows a 
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specimen cut from the molded panel at a 45 degree 

orientation.   

For the bearing test, Hi-Lok® aerospace grade 

fasteners with a diameter of 6.35 mm were used.  

The bolt part number was HL18PB8 – 10 and the 

collar part number was HL70 – 8.  The collars were 

selected as their strength was not important for this 

test set-up and they provided a cost savings over 

other material choices. 

The fastener pull-through assessment utilized the 

standard test configuration found in reference [2].  

This set-up was not dependent upon the orientation 

of the specimen. Consequently, many fewer test 

specimen (48 total – eight preform architectures with 

six specimen per panel) were required.  Figure 4 

shows the pull-through test set-up.   

The fasteners used in the pull through testing were 

Hi-Lok® aerospace grade with a diameter of 6.35 

mm.  In this case though, the head diameter was 

increased to accommodate tensile loading. The bolt 

part number was a HL20PB8 – 5, while the collar’s 

part number was a HL75 – 8A.    

Both testing procedures used a loading rate of 1.27 

mm/min.  The load cell for the test machine was 

97.9 kN. 

All mechanical testing was completed at room 

temperature ambient conditions.  Physical testing 

was completed in accordance with reference [5], test 

method I, procedure B. 

2.6 Results 

The results have been normalized to 60% fiber 

volume (FV) using equation 1.   

 

 (1) 
 

Normalizing the data permits comparison of the 

results while reducing the influence of 

manufacturing variability.  The 60% FV value was 

selected as it is typically the number associated with 

structural prepreg laminates.   

The use of a typical cured ply thickness was not 

used in the normalization as 3D woven composites 

do not have plies.  The variance between the 

specimen thicknesses was less than one percent and 

did not influence the results to any degree. 

2.6.1 Bearing Testing 

The primary failure type found in this testing was 

predominately bearing with the onset of shearout.  

Figure 5 displays an idealized failure mode for 

bearing failure.  Figure 6 shows the idealized failure 

mode for shearout failure.  Both figures are found in 

reference [2].  The reference also provides a detailed 

breakdown of other possible failure modes.  These 

modes, however, were not observed in any of the 

testing. 

Figure 7 shows a typical bearing testing specimen 

failure for a 3D composite sample.  The primary 

failure mode in this case was bearing while a slight 

amount of shearout is visible in the picture along the 

edge of the coupon that is directly to the right of the 

hole location.  

Table 1 contains the average of the 2% offset 

bearing strength for each design normalized to 60%.  

At each orientation of the studied architectures – 0º 

(parallel with warp direction), 45º, and 90º (weft 

aligned with the load) – 3D woven composites have 

comparable 2% Offset Yield Stress and Ultimate 

Strength in bearing when compared against similar 

architectures.   

For similar preform construction (i.e. same size weft 

tows), ply to ply architectures tend to have greater 

strength in the 0 and 45 degree directions while the 

bearing strengths in the 90 degree direction appear 

to be comparable for either architecture with no 

apparent trends.  

Figure 8 shows a typical stress strain curve for 3D 

woven composites at 0, 45 and 90 degree 

orientations.  While this illustration is for a ply to 

ply design, the response of the orthogonal 

architecture was similar.   

The significant amount of area under the curve 

suggests 3D woven composites can carry substantial 

load after the initial onset of damage.  

The bearing strength was not influenced by fill tow 

sizes (12k vs 24k) for either architecture.   

2.6.2 Pull-Through Testing 

This testing utilized procedure A of reference [2] to 

examine the pull through strength of the 3D woven 
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composites.  Figure 4 shows the conventional test 

set-up for procedure A.  Since this particular test 

examines a characteristic normal to the fiber plane, it 

was not necessary to characterize the specimen at 

any prescribed orientations.  

 

There were two types of failure – pull through and 

flexure, when tested in accordance with reference 

[2].  Figure 9 shows a typical flexure failure while 

figure 10 demonstrates a typical pull through failure.   

 

For the pull through testing, 3D woven composites 

exhibit little variation (3%) in the initial critical 

loads among the considered fiber architectures.  

They do display a long elongation to fracture (~9 

mm) and a damage that is localized near the hole.   

2.7 Conclusions 

Initial results indicate that 3D woven composites can 

provide adequate bearing strength without the use of 

bias fibers.  The weft tow size, as well as the 

selected warp to weft ratios, does not appear to 

influence the bearing response. The ply to ply 

architecture provides slight improvement in bearing 

response for applied loads along the warp direction 

and those applied at 45 degree angle to the warp 

direction.  For loads applied at 90 degrees to the 

warp direction, the architecture had no apparent 

effect on bearing response. 

 

Bearing failure modes, specifically bearing and 

shearout, were consistent with modes observed in 

2D laminates. This result suggests that current 

analytical methods may be used to rough size holes 

for bearing in 3D composites.  However, to fully 

exploit the capabilities of 3D composite, new 

micromechanical and analytical models are needed, 

as 3D woven composites hold significantly more 

load to significantly higher strains beyond the initial 

knee in the bearing stress strain curve than 

conventional 2D laminates.  Further work is 

necessary to fully characterize the bearing response 

of 3D composites. 

2.8 Future Work 

Near-term work shall investigate the bearing 

response of prepreg laminates at the orientations 

used in this study.  The laminates shall be a quasi-

isotropic lay-up with similar thickness to the panels 

used in this investigation.  Furthermore, the prepreg 

laminates will consist of 12k IM-7 fiber in a 

toughened matrix manufactured by Hexcel. 

Additional near term work will investigate the 

response of intermittent angles between the three (0, 

45, and 90) examined in this effort. Specifically, the 

effort will characterize the bearing response for ply 

to ply angle interlock panel at every 15 degrees from 

0 to 90 degrees, inclusive.  

The last part of the near term work will confirm the 

linearity of 3D woven composites assumed in using 

normalization.  One of the ply to ply architectures 

will be selected and manufactured with varying 

levels of fiber volume. 

Far-term work will characterize additional resin 

systems, the fatigue response of promising 

architecture designs, and conduct some testing at 

elevated temperature.  Additional efforts will utilize 

the data generated to develop analytical models to 

predict the stress state within 3D composites 

structures used in bolted joints. 
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Fig. 1. Preform architecture examples – orthogonal 

(top) and ply to ply angle interlock (bottom) 

 

 
 

Fig. 2. Double shear test set-up, 45 degree specimen 

 

 
 

Fig. 3. Double shear bolt and collar 

 

 

 

Fig. 4. Pull-through test set-up 
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2% Offset Average Bearing  

Strength, MPa (Normalized) 

Architecture 

Fill 

Tow 

Size 

0 

Deg 

45 

Deg 

90 

Deg 

Orthogonal, 

50/50 

12k 656 

±45 

590 

±7 

638 

±55 

Orthogonal, 

60/40 

12k 636 

±25 

592 

±25 

568 

±35 

Orthogonal, 

50/50 

24k 670 

±23 

585 

±18 

557 

±61 

Orthogonal, 

60/40 

24k 626 

±10 

567 

±16 

573 

±28 

Ply to Ply, 

50/50 

12k 702 

±31 

626 

±31 

632 

±18 

Ply to Ply, 

60/40 

12k 693 

±46 

613 

±24 

572 

±21 

Ply to Ply, 

50/50 

24k 670 

±20 

642 

±17 

578 

±21 

Ply to Ply, 

60/40 

24k 729 

±35 

642 

±25 

566 

±23 

 

Table 1. Average bearing stress  

normalized to 60% FV 

 

 
 

Fig 5. Specimen failure in bearing, B1I, idealized [1] 

 

 
Fig 6. Specimen failure due  

to shearout, idealized [1] 

 

 

 

 
 

Fig 7. Typical bearing specimen failure for B1I/S1I 

result, 0 deg specimen shown 
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Fig 8. Typical bearing stress-strain 

curves for 3D woven architectures 
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Architecture 

Fill 

Tow 

Size 

Average 

Maximum Pull-

through Load 

(Normalized) 

Orthogonal, 50/50 12k 11.43kN ±580N 

Orthogonal, 60/40 12k 11.24kN ±162N 

Orthogonal, 50/50 24k 11.61kN ±352N 

Orthogonal, 60/40 24k 11.77kN ±161N 

Ply to Ply, 50/50 12k 10.77kN ±514N 

Ply to Ply, 60/40 12k 11.22kN ±456N 

Ply to Ply, 50/50  24k  9.97kN  ±294N 

Ply to Ply, 60/40  24k 10.23kN ±503N 

 

Table 2. Average maximum pull through load  

normalized to 60% FV 

 

 

 
 

Fig 9. Typical flexural failure mode demonstrated in 

pull through testing 

 
 

Fig 10. Typical pull through failure mode 

demonstrated in pull through testing 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Multi-disciplinary and multi-objective optimization 
(MDO) techniques have had significant impact on 
engineering design processes in the last decade. 
They enable the user to make informed design 
decisions that take different aspects of the problem 
and often conflicting objectives into account in an 
integrated fashion. Modern MDO software supports 
the integration of different models and conditions 
and provides the user with efficient workflows and 
decision support based on trade-off analysis. 
 
Micromechanical modeling of composites with 
mean-field or explicit methods involves a series of 
steps including the fitting of appropriate material 
models to experimental data, homogenization and 
calculation of response curves for different 
conditions and material compositions. 
 
The current paper demonstrates how an integration 
of micromechanical composite modeling with MDO 
software helps to streamline the workflow and 
enable more efficient design decisions. As an 
example we present the case of a polymer composite 
with glass fiber and glass bead fillers.  

2 Multi-component composite optimisation 

Consider the design of a polymer-glass fiber 
composite where some of the fibers are to be 
replaced by glass beads. This would lower the total 
cost, improve some properties such as thermal 
anisotropy and processing, but lead to a decrease in 
mechanical properties.  
 
The task includes running and analyzing separate 
simulations for different compositions, i.e. a series 
of micromechanical simulation steps which we have 
integrated into a single workflow. In particular, the 
micromechanical simulation is driven by the mean-

field homogenization method in the Digimat 
software from e-Xstream, which we have integrated 
in the MDO platform modeFRONTIER from Esteco.  
 
The modeFRONTIER workflow, shown in Fig. 1, 
explores the composition design space using a 
Design of Experiment (DOE) approach with a 
Genetic Algorithm method (NSGA-II). The 
objective function consists of stiffness and 
anisotropy.  
 
As a result, we obtain an immediate overview of 
properties for the whole range of bead/fiber fractions 
explored. For example, Fig. 2 shows the non-linear 
response behaviour as a function of filler 
composition, with strain applied in the direction 
transverse to the fibers. The run indicated by the 
arrow, replacing 50% of fibers by beads, shows only 
a 3% loss in the stress levels that can be sustained. 
In addition, the workflow enables a trade-off 
analysis between the loss of strength and the reduced 
thermal anisotropy. 

3 Reverse engineering (RE) of material models 

Based on micromechanical models it is possible to 
fully integrate processing simulations in the 
computation of the performance of composite parts. 
The quality of results of such a coupled analysis 
strongly depends on the quality of the material 
model used. Best procedures are to reverse engineer 
the material model to anisotropic measurements on 
the composite material. Depending on the targeted 
performance, a large number of experimental results 
have to be taken into account. For anisotropy, it is 
common to measure at least 2-3 different 
orientations. For temperature and strain rate 
dependencies, three variations each can be seen as a 
minimum. Combining all these strongly increases 
the number of curves targeted in the final model. 

STREAMLINED COMPOSITE MODELING WORKFLOWS 
WITH MULTI-OBJECTIVE OPTIMISATION 

 
G. Goldbeck1, J.  Seyfarth2,  B. Bidaine2, D. Di Stefano3* 
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Basically, the fitting procedure amounts to a multi-
parameter, multi-objective optimization problem. 
We have therefore utilized the sophisticated 
optimization methods available in modeFRONTIER 
to fit Digimat model response curve to experimental 
data. Typically, one unique set of parameters needs 
to reproduce test data from all different conditions, 
such as different temperatures and/or strain rates. 
We will present results from a complex test case 
involving monotonic tests at different temperatures 
and strain rates as well as creep tests at different 
temperatures and stresses. 
 

4 Conclusions  

The integration of Digimat with 
modeFRONTIER provides a range of opportunities 
for streamlining workflows for the design of 
composites.  The scenarios that will be discussed 
include parametric studies of multi-component 
composites and reverse engineering of material 
models. The modeFRONTIER workflow captures 
the whole design space within one simulation and 
the analysis enables the user to consider the trade-off 
between different target properties. 
 
In future, the integration of in-depth study of 
representative volume elements as it is available also 
in the Digimat software would allow for a 
microstructure based optimization of composites 
with a wide range of potentially complex target 
functions regarding the material properties.  In 
addition, with the MDO approach an enhancement 
to the processing and local microstructure workflow 
becomes possible where the solver of the processing 
software is triggered to produce these results on-the-
fly. The optimization dimensions are henceforth 
broadened by taking into account directly the 
processing step for the composite part. 
 

 
Fig. 1. Digimat integrated into a multi-objective 
optimization workflow in the modeFRONTIER 
software. Input-output flow is from top to bottom, 
and the design evaluations flow from left to right. 
 

 
Fig. 2. Thermo-mechanical analysis in transverse 
direction for a range of compositions. The arrow 
indicates the case of equal amounts of fibers and 
beads, with just a small loss of strength. 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

A distribution of intrinsic flaw lengths is calculated 

from experimental data for the strength and failure 

site variability of unnotched 10-degree off-axis 

specimens.  The distribution of intrinsic flaw lengths 

is then used with the strength variability of the 

unnotched and of open-hole specimens to determine 

the flaw density at each hole-size.  The flaw density 

is shown to be related to the fabrication machining 

speed suggesting machining damage as a mechanism 

for the hole-size dependence of the flaw density.  

Then the distribution of intrinsic flaw lengths and 

the flaw density can be used to predict the mean 

strength of open-hole 10-degree off-axis specimens 

as a function of machine tool velocity 

 

1 General Introduction  

The concept of the intrinsic flaw was first introduced 

by Waddoups [1], where fracture mechanics 

concepts  were used to guide the prediction of the 

hole-size effect in multi-axial laminates – namely 

that the laminate notched strength varies 

significantly with the absolute hole size even for the 

plate of infinite extent.  Waddoups postulated 

existence of an “intense energy region” of length a 

at the edges of the circular hole and perpendicular to 

the tensile loading axis for orthotropic laminates.  

Using the Bowie solution  [2] for the Mode I stress 

intensity factor for a crack extending perpendicular 

to the loading direction from the edge of a circular 

hole of radius, R in an isotropic material: 

 
I

a
K a f

R
 

 
  

 
 

 
(1) 

where the function, f(a/R), is known, he determined 

the “length of the characteristic dimension” from the 

strength of an unnotched specimen, 0, and a single 

notched specimen, N, with hole-radius, R.  The 

ratio of the unnotched strength to the notched 

strength yielded f(a/R) from which a could be 

determined: 

 
0

N

a
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(2) 

By assuming a constant characteristic length, a, 

prediction of the hole-size effect follows from Eqn. 

2.   

In the present work, the authors build upon the 

Waddoups’ approach, but focus on the 

unidirectional, off-axis specimen of specified aspect 

ratio (length-to-width) and containing circular hole 

at the geometric center of the specimen. The shear 

coupling characteristics of the off-axis tensile 

specimen bring a level of anisotropy to this problem 

not previously examined with a fracture mechanics 

approach. Shear coupling also introduces a mixed-

mode fracture condition to the open-hole fracture 

process.  Further, location of the site of the flaw or 

crack along the perimeter of the hole is not known 

prior to failure for the off-axis tensile specimen.  

These issues are considered in the present work.   

The intrinsic flaw, shown in Fig. 1, is defined as a 

through-thickness, planar crack extending in the 

fiber direction from the failure initiation site to a 

length, a.  The simple crack geometry is consistent 

with the physical observation that the fracture 

surface extends through the thickness of the 

specimen and is parallel to the fiber direction.  

Fracture mechanics is used to analyze failure since 

self-similar crack propagation is observed in all 

tests.  In the case of the unnotched specimen, the 

crack is located at the experimental site of failure 

initiation, taken to be the intersection of the fracture 

surface with the free-edge of the specimen.  Stress 

analysis is performed to determine the local stress 

field magnitude at the failure site and the fracture 

mechanics analysis is performed with the intrinsic 
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flaw crack geometry to determine the critical crack 

size that corresponded to failure when subjected to 

the local stress magnitude.  The length of the critical 

crack is then defined as the “intrinsic flaw length”.  

It is observed that the experimental strength and 

failure site data vary when test conditions remain 

unchanged.  The variability in strength and failure 

site is used to obtain the distribution of intrinsic flaw 

lengths by repeating the stress analysis and fracture 

analysis.  In this way, a probability density function 

of intrinsic flaw lengths for the material system 

under investigation is determined. 

In the strength predictions for the specimens, the 

intrinsic flaw crack geometry and probability density 

function of intrinsic flaw lengths calculated from the 

unnotched specimens allow fracture mechanics 

predictions of strength variability.  The strength 

prediction is dependent on the flaw density, the 

number of flaws per unit length along the free-edge.  

The flaw density is established by matching the 

predicted strength with the experimental strength.  

While this approach clearly provides an approach to 

determining the strength variability of the open-hole 

specimens, the authors have chosen to focus on 

establishment of the flaw density based on the 

prediction of mean strength as a first test of the 

approach. In strength prediction it is necessary to 

sample at a finite number of locations and thereby, a 

distance between interrogation sites along the free 

edge is specified.  Through Monte-Carlo simulation, 

a fraction of interrogation sites along the specimen 

free-edge are assigned a flaw.  The length of the 

flaw is determined from the probability density 

function of intrinsic flaw lengths. The stress analysis 

is again performed to determine the local stress field 

magnitude at each of the sample sites where the 

fracture analysis is performed to determine the 

strength. The predicted specimen strength is the 

minimum of the strengths at each of the 

interrogation sites containing a flaw.  The mean 

strength is developed by repeating the simulation.  

Next, these results are compared with the actual 

experimental mean strength.  The flaw density is 

determined by matching the predicted strength to the 

experimental strength data.  This process is repeated 

at each hole-diameter to determine the flaw density 

at each hole-size.   

The dependence of the flaw density on hole-size is 

then related to machining speed, suggesting 

machining-induced damage as a mechanism for the 

flaw density dependence on hole-size.  Additionally, 

relating the flaw density to the machining speed 

allows the prediction of strength at each hole-size 

based the flaw density determined from the 

machining speed.  The agreement between the 

predicted and experimental strength supports the 

machine-speed-dependence of the flaw density. 

2 Experimental 

Multiple 10-degree off-axis specimens were tested 

in tension to failure.  Both unnotched specimens and 

specimens with a centrally-located, through-

thickness circular hole were tested.  The specimen 

geometry is shown in Fig. 2.  The average specimen 

dimensions were: width, W = 19 mm, thickness, T = 

3.4 mm, gage length between tabs, L = 152 mm, 

yielding an aspect ratio, L/W = 8.  Circular hole-

diameters for the open-hole specimens were 1.00, 

1.57, 3.18, 4.76, 6.35, 7.94, 9.53 and 12.70 mm.  

The test matrix is shown in Table 1.  Fractured 

unnotched specimen and fractured open-hole 

specimens at each hole-diameter are shown in Fig. 

3(a).  The fracture surface in the unnotched 

specimens was parallel to the fiber direction and 

extended from one lateral free-edge to the other 

through the thickness of the specimen.  The failure 

initiation site in the unnotched specimen is taken to 

be the intersection of the fracture surface and the 

free-edge.  Because the typical fracture surface was 

not perpendicular to the plane of the specimen, the 

positions of the intercepts of the failure surface with 

the specimen free-edges were deemed the failure 

sites, as indicated by arrows in Fig. 3(b).  In this 

way, four failure sites were recorded per specimen 

failure, two located on each free-edge.  In the open-

hole specimens, the fracture surface was again 

parallel in the fiber direction, extended through the 

thickness of the specimen and intercepted the 

perimeter of the circular hole.  An axial strain gage, 

positioned at the geometric center of unnotched 

specimens and positioned midway between the 

perimeter of the circular hole and the edge of the tab 

of open-hole specimens, provide measures of the 

far-field strain at failure for each specimen.   

3 Calculation of Intrinsic Flaw Length 
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The intrinsic flaw geometry, shown in Fig. 1, 

defined as a through-thickness, planar crack 

extending in the fiber direction from the failure 

initiation site of length, a, is consistent with the 

physical observation that the fracture surface 

extends through the thickness of the specimen and is 

parallel to the fiber direction.  Fracture mechanics is 

warranted to analyze failure given the self-similar 

crack propagation of the failure process.  Because 

both Mode I and Mode II fracture mechanisms are 

present in the off-axis specimen due to shear-

coupling, the mixed-mode fracture criterion is used 

in the fracture analysis: 

 2 2

, ,

1I II

I c II c

K K

K K

   
       

   

 

 

(3) 

Where KI and KII are the Mode I and Mode II stress 

intensity factors, defined for a center-crack of length 

2a in an infinite sheet as: 
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(4) 

KI,c and KII,c are the Mode I and Mode II fracture 

toughness values.  Here a is the crack length and  

and  are the local field normal and shearing stress 

components, respectively. The intrinsic flaw is 

located at the site of failure initiation which is taken 

to be the intersection of the fracture surface with the 

free-edge of the specimen.   

The Pagano-Halpin analytic elasticity solution for 

the off-axis coupon [3] was exercised to determine 

the homogenized strain field in the lamina at the 

failure site.  Boundary conditions account for the 

effects of end-constraint [3] and the axial 

displacement is scaled to match the axial strain at 

failure observed by the far-field strain gage.  The 

solution is interrogated at the observed failure site to 

determine the homogenized mechanical strain 

tensor,  j j T   .  Micromechanical 

enhancement (MME) [4, 5]  allows 

dehomogenization to calculate the local 

micromechanical strain tensor in the matrix at the 

failure site.  In the MME approach, the 

micromechanical strain tensor at a point k, 

i

k

i

k T   in a doubly-periodic representative 

volume element is given by the following influence 

function formulation: 

  k k k

i ij j j i

k

i T M T A T         (5) 

where 
k

ijM  is the influence function matrix relating 

the homogenized mechanical strain tensor (total 

strains less free thermal strains),  j j T   , 
k

iA  

is the thermal superposition vector, which accounts 

for the thermal expansion mismatch between fiber 

and matrix, and T is the uniform temperature 

change, taken as -150°C, the difference between 

cure and room temperature.  The unit cell for square-

pack geometry and the kth point used in this study, 

which is located midway between two fibers, are 

shown in Fig. 4.  Calculation of the 

micromechanical stress components,  and  in Eqn. 

5 from the micromechanical strain tensor is 

accomplished through isotropic constitutive relations 

for the matrix material, with material properties 

listed in Table 2.   

A fracture mechanics analysis is performed with the 

intrinsic flaw geometry to determine the critical 

crack size that corresponds to failure at the local 

stress magnitudes,  and  by substituting Eqn. 2 

into Eqn. 1 and solving for a.   

 1
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(6) 

The length defined in Eqn. 6 is the length of the 

critical crack and thereby, defined as the intrinsic 

flaw length.  As stated above, four failure sites were 

determined for each specimen failure and four 

intrinsic flaw lengths could be determined in each 

test.  Of the four flaw lengths, the minimum is the 

critical crack length and is taken as the length of the 

flaw that would have caused failure.  In this way, 

one flaw length was recorded per test.  The stress 

and fracture analysis are repeated for each of the 28 

unnotched specimens in order to calculate the 

variability in the critical crack length.  In this way, a 

probability density function of intrinsic flaw lengths 

was determined.   

The probability density function of the intrinsic flaw 

lengths calculated from the strains-to-failure and the 

failure sites of 28 replicate tests of the 10-degree 

unnotched off-axis specimen is shown in Fig. 5.  The 

intrinsic flaw lengths in this distribution range 
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between 7.9 microns to 27.8 microns, with a mean 

intrinsic flaw length of 15.3 microns.  For a carbon 

fiber diameter of 5 microns, the intrinsic flaws vary 

between 1.6 – 5.6 fiber diameters in length, and are 

therefore, of the same length scale as the relevant 

geometry at the microscale of the composite material 

under study. 

4 Flaw Density 

4.1 Determination of Flaw Density 

The intrinsic flaw geometry and probability density 

function of intrinsic flaw lengths calculated from the 

unnotched specimens are next used to compare the 

predicted and experimental strength variability with 

the goal of establishing the flaw density, or number 

of flaws per unit length.  The distance between 

interrogation sites along the free edge, s, is chosen.  

Here s = 0.139 mm/site.  While this choice may 

appear arbitrary, it was made using the constraints of 

computational efficiency and appropriate resolution.  

Investigation sites are limited to the length along the 

free-edge such that the fracture surface extending 

from the failure site will be contained within the 

specimen length.  For this geometry and lamina fiber 

orientation, the length is 44.1 mm.  In this way, 

failure sites that would lead to grip-failures are 

excluded form from the prediction.  The fraction of 

interrogation sites that contain a flaw is fflaw, 

allowing the flaw density, flaw to be defined as: 

 
flaw

flaw

f

s
 


 

 

(7) 

In a Monte-Carlo simulation, each interrogation site 

along the free-edge is assigned a random number, 

fsite, and at each site where, fsite < fflaw, an intrinsic 

flaw length, a, sampled at random from the 

probability density function of intrinsic flaw lengths 

is assigned.  The local stress field magnitude,  and 

, at each site where a flaw length has been assigned 

is then determined.  Fracture analysis with the 

mixed-mode fracture criterion, Eqn. 3, is carried out 

to determine the failure conditions at each site.  The 

failure criterion is determined by substitution of 

Eqn. 4 into Eqn. 3.  
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(8) 

The predicted strength of the specimen is then 

determined as the minimum of the strengths of the 

interrogation sites where flaws were assigned.  By 

repeating the Monte-Carlo simulation, the variability 

of strength can be determined.  Next, the mean 

predicted strength is compared with the mean 

experimental strength.  If the difference is greater 

than a given tolerance, the flaw density is adjusted 

the entire process is repeated.  The flaw density is 

iteratively established by matching the predicted and 

experimental mean strengths.  For the unnotched 

specimen, the flaw density was 0.025 flaw/mm. 

The process of predicting the strength and matching 

the predicted strength to the experimental strength in 

order to determine the flaw density is repeated at 

each hole-diameter.  In this way, the flaw density at 

each hole-size is established.  In the case of open-

hole specimens, the angular distance between 

interrogation sites around the perimeter of the 

circular hole,  is determined by matching the arc 

length between interrogation sites along the 

perimeter of the hole, R, where R is the radius of 

the hole, to the linear distance between interrogation 

sites along the free-edge of the unnotched specimen, 

s = R.  Investigating the perimeter of the circular 

hole is consistent with the experimental observation 

that the fracture surface always intersects the 

perimeter of the hole.  The process of strength 

prediction by investigating sites around the 

perimeter of the circular hole is necessary for 

determination of the flaw density and is identical to 

the process used for strength prediction of unnotched 

specimens.  A plane-stress, linear-elastic, finite-

element analysis of the open-hole geometry 

specimen is performed to determine the 

homogenized lamina strains at the interrogation sites 

where a flaw is assigned.  The boundary conditions, 

referring to the specimen geometry in Fig. 2  are, at 

x = -L/2, the axial displacement is u = 0, and 

transverse displacement is v = 0, and at x = L, the 

axial displacement is u = xL, and the transverse 

displacement is v = 0.  The lateral edges and 

perimeter of the circular-hole are traction free.   

The flaw density at each hole-size is shown in Fig. 

6.  It is observed that the flaw density decreases with 

hole-size and is inversely proportional to the hole-

diameter in the open-hole specimens.  The greatest 

flaw density is 4.52 flaw/mm and occurs for the 1.00 

mm open-hole specimen.  The least flaw density for 

the open-hole specimens occurs for the 9.53 mm 
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open-hole specimen and is 0.79 flaw/mm.  The 

unnotched specimens exhibited the least flaw 

density, 0.025 flaw/mm, which was one order of 

magnitude less than the least flaw density in the 

open-hole specimens.   

4.1 Relationship Between Flaw Density and 

Machining Speed 

The flaw density may be related to the machining 

speed used in fabrication.  The straight edges of all 

specimens were machined using multiple-pass 

cutting with a 10-inch-diameter diamond-embedded 

saw operating at 1,500 rpm.   The circular-holes 

were fabricated using a diamond-tipped core drill 

with a tool diameter equal to the diameter of the 

circular-hole, operating at 12,000 rpm.  The machine 

linear velocity, V was calculated from the product of 

the rotational velocity,  and the tool diameter, D as 

V = D.  The flaw density is shown in Fig. 7 

versus the inverse of the machining speed, 1/V at 

each hole-size.  The flaw density at each hole-size is 

observed to vary linearly with the inverse of the 

machining speed.  This suggests machining-induced 

damage as a possible mechanism for the variation of 

flaw density with hole-size.  The flaw density for the 

unnotched specimen is observed to not be collinear 

with the flaw densities of the open-hole specimens.  

As stated, the lateral-edges of the unnotched 

specimens were fabricated with a different process 

and tool than the edges at the perimeter of the 

circular-hole in the open-hole specimens.  The flaw 

density may be predicted for each hole-size using 

the relationship between machining speed and flaw 

density and is shown in Fig. 6 for comparison with 

the flaw density which was determined by matching 

the strength at each hole-size. 

4.2 Prediction of Strength 

The process of predicting the mean strength of off-

axis specimens follows closely the process used to 

establish the flaw density with the exception that 

iteration is not used to match the predicted strength 

to the experimental strength.  Rather, the flaw 

density calculated from the tool-speed is used to 

predict the strength at each hole-size.  The intrinsic 

flaw lengths calculated from the unnotched 

specimen are used in the prediction of strength at 

each hole-size.  Prediction of the far-field strain-to-

failure at each hole-diameter is shown in Fig. 8 and 

compared with the mean of the experimental far-

field strain-to-failure at each hole-diameter, where 

good agreement is observed for all but the 

unnotched specimen geometry.  The agreement in 

the strength predictions confirms that the flaw 

density calculated from the tool speed may be used 

to accurately predict the strength of the 10 degree 

open-hole specimens.   

5 Conclusions 

An intrinsic flaw was defined as a through-

thickness, planar crack extending in the fiber 

direction from the failure initiation site to a length, 

a, consistent with the physical observation that the 

fracture surface extended through the thickness of 

the specimen and was parallel to the fiber direction.  

In the case of the unnotched specimen, the crack was 

located at the experimental site of failure initiation, 

stress analysis was performed to determine the local 

stress field magnitude at the failure site and the 

fracture mechanics analysis was performed with the 

intrinsic flaw crack geometry to determine the 

critical crack size that corresponded to failure when 

subjected to the local stress magnitude.  The length 

of the critical crack was then defined as the 

“intrinsic flaw length”.  The variability in strength 

and failure site was used to obtain the distribution of 

intrinsic flaw lengths by repeating the stress analysis 

and fracture analysis.  In this way, a probability 

density function of intrinsic flaw lengths for the 

material system under investigation was determined.  

The intrinsic flaws varied between 1.6 – 5.6 carbon 

fiber diameters in length, and are therefore, of the 

same length scale as the relevant geometry at the 

microscale of the composite material under study. 

The intrinsic flaw crack geometry and probability 

density function of intrinsic flaw lengths calculated 

from the unnotched specimens provide the 

foundation for fracture mechanics predictions of 

strength based on the flaw density in the unnotched 

and open-hole specimens.  A distance between 

interrogation sites along the free edge or perimeter 

of the circular-hole was specified and through 

Monte-Carlo simulation, a fraction of interrogation 

sites along the specimen edge were assigned a flaw.  

The fraction of the sites containing flaws was 

governed by the flaw density.  The length of the flaw 

was determined from the probability density 

function of intrinsic flaw lengths. The stress analysis 
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was again performed to determine the local stress 

field magnitude at each of the sample sites where the 

fracture analysis was performed to determine the 

strength. The minimum of the strengths at each of 

the interrogation sites containing a flaw was the 

predicted specimen strength, and the mean strength 

was developed by repeating the simulation.  These 

results were compared with the actual experimental 

mean strength and the flaw density was established 

by matching the predicted strength to the 

experimental strength data.  In this way the flaw 

density at each hole-size was established and was 

observed to be inversely proportional to hole-

diameter. 

The flaw density at each hole-size was related to the 

machining speed.  It was found that the flaw density 

varied linearly with the inverse of the machining 

speed.  This suggests machining-induced damage as 

a mechanism for the dependence of flaw density on 

hole-size.  The flaw density of the unnotched 

specimens, which were fabricated with a different 

process and cutting tool, was not collinear with the 

flaw density of the open-hole specimens.  The strain-

to-failure of the off-axis specimens was predicted 

using the flaw density calculated from the tool-

speed.  With the exception of the unnotched and 

1.00 mm open-hole specimens, the strength 

predictions showed excellent agreement with the 

experimental strength, underscoring the relationship 

between the machining speed and the flaw density.   

While it remains to be demonstrated that the 

intrinsic flaw methodology will be tractable in the 

more complex multi-axial laminate configuration, 

the intrinsic flaw approach provides the unique 

ability to treat the case of flaws in heterogeneous 

microstructure and located at any point along the 

perimeter of the circular hole.  Additionally, the 

method considers the effect of shear-coupling and 

treats the case of mixed-mode fracture.  In the 

method, we have appealed to linear superposition in 

that the crack imposed on the local stress field 

without influencing the field.  Further, we have 

assumed a center-crack-geometry for the intrinsic 

flaw even though all flaw locations were restricted 

to the perimeter of the hole or the lateral edge. In 

addition, MME “dehomogenization” was used to 

calculate micromechanical stresses and strains at a 

free-surface where the periodicity of the 

representative volume element concept is likely 

violated.  However, the agreement between the 

experiments and predictions argue that errors arising 

from these simplifications are compensated by the 

self-consistency of the approach. Finally, it is 

apparent that though the intrinsic flaw method 

focused on the prediction of mean strength as a 

means to establish the flaw density of the off-axis 

specimen, the method may also be utilized in the 

prediction of strength variability as well. 
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7 Tables and Figures 

Table 1: Experimental specimens 

Hole Diameter (mm) Number of Specimens 

Unnotched 28 

1.00 2 

1.59 3 

3.18 2 

4.76 3 

6.35 42 

7.94 3 

9.53 2 

12.70 3 

 

Table 2: Material Properties 

Property Lamina Matrix Fiber 

E1 (GPa) 151  4.76 276 

E2=E3 (GPa) 8.00  4.76 19.5 

12=13 0.32 0.37 0.28 

23 0.45 0.37 0.70 

G12=G13 (GPa) 4.27  1.74 70 

G23 (GPa) 2.73  1.74 5.74 

1 (10
-6

/°C) -0.29 64.8 -0.4 

1=2 (10
-6

/°C) 29.3 64.8 5.6 

KI,c (kN-m
1/2

) 61.2 56.8 --- 

KII,c (kN-m
1/2

) 248 108** --- 

* Manufacturer’s data sheet, ** Estimated 

 

 

 

 

 

Fig. 1: Intrinsic flaw 
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Fig. 2: Specimen geometry 

 

 

 

 
 

Fig. 3: (a) Failed unnotched and open-hole 10 degree 

off-axis specimens, (b) Fracture surface through the 

thickness of the unnotched specimen showing failure 

initiation sites 
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Fig. 4: Micromechanical unit cell and interrogation 

point 

 

 

Fig. 5: Intrinsic flaw length in 10-degree off-axis 

unnotched and open-hole specimens 
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Fig. 6: Flaw density in 10-degree off-axis specimens determined by matching predicted strength with experimental 

strength and by prediction from inverse of machining speed 
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Fig. 7: Dependence of flaw density on the inverse of machining speed.  The flaw density is determined by matching 

the predicted strength with the experimental strength at each hole-size. 
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Fig. 8: Predicted and experimental strength versus hole-size in the 10-degree off-axis specimens.  The flaw density at 

each hole-size was predicted from the machining speed.  The predicted strength is the mean of 10,000 repetitions at 

each hole-size. 
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Abstract 
Synchrotron Radiation Computed Tomography 
(SRCT) allows for non-destructive identification of 
fracture mechanisms in materials at very high 
resolutions. In this work, carbon fibre reinforced 
plastics (CFRPs) were imaged using SRCT to 
ascertain fracture micro-mechanisms under both 
quasi-static Mode I and Mode II dominated loading 
conditions. This, combined with previous work on 
impacted coupons, provides mechanistic comparison 
between the different loading conditions on similar 
material systems. Initial findings have identified 
particle/matrix debonding, crack bridging and 
ligamented behaviour as reported previously, but 
have emphasized micro-cracks and the extent to 
which particle/matrix debonding occurs ahead of the 
crack tip under both Mode I and Mode II loading 
conditions. Such work is intended to support both 
material development and more accurate structural 
performance simulation for the toughened materials 
that are being increasingly used as primary 
structures in aerospace applications.  
 
1 General Introduction  
The use of composite materials on aircraft structures 
is increasing due to their desirable strength-to-
weight and stiffness-to-weight properties. Whilst in 
service, composites may suffer from low velocity 
impact events, which have been shown to have a 
significant effect on the residual mechanical 
properties of the material [1]. As such, the need to 
resist impact damage, and the lack of reliable 
predictive models to account for damage, contribute 
to over-engineered structures and sub-optimal design 
[2]. 
 
The introduction of particles into polymer matrices 
has been developed as a toughening strategy for 
laminated composites over the past several decades.  

 
 
 
The effects of particle properties (modulus, size etc.) 
on the toughening mechanisms of composites has 
been subject to conventional post-mortem analyses, 
e.g. Groleau et al. who used destructive testing to 
identify the mechanisms occurring during Mode II 
fracture in an End Loaded Split (ELS) test using 
Transmission Optical Microscopy[3]. However, a 
wide variety of 3D imaging techniques can now be 
used to increase the understanding of these fracture 
mechanisms and hence build better models. The use 
of Computed Tomography (CT), in particular, 
allows for in situ observation and analysis of 
fracture mechanisms in a time-resolved, non-
destructive manner, without introducing free surface 
artefacts [4]. 
 
In this work, Mode I and Mode II quasi-static 
fracture experiments are used to capture failure 
mechanisms under controlled loading conditions. 
Complementing previous low velocity impact data 
[5], the chronology of local damage evolution is 
assessed.  

 

2 Methodology 

2.1 Materials 

CFRP test coupons for impact testing were 
manufactured using a 5mm thick quasi-isotropic 24 
ply [45 0 -45 90]3S lay-up. The pre-pregs were made 
of a proprietary intermediate modulus fibre (~7µm 
m diameter), and a ~30µm thick particle toughening 
interlayer. 

Test coupons for Mode I and II fracture consisted of 
a 16 ply (3mm thick) uni-directional lay-up of the 
same intermediate modulus fibre, again with a ~30 
µm thick particle toughened interleaf, containing 
chemically equivalent but smaller particles than the 
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impacted coupons: ~10µm versus ~30µm diameter 
respectively.  

Mode I and Mode II specimen geometries 
compatible with CT imaging were employed: 
ideally, the specimens should be close to cylindrical, 
to provide uniform path lengths at all angles of 
rotation and to avoid artifacts. The specimens in this 
case were prepared with a 3x1mm cross-section and 
120mm length, with a 10mm long, 40µm thick, 
PTFE starting defect (Fig. 1A). The small specimen 
size was required to allow sufficient transmission of 
low energy X-rays through the specimen and avoid 
image artefacts caused by material passing outside 
of the field of view.  

 

2.2 Impact testing 

The particle toughened systems were impacted 
according to ASTM D7136M standard, as reported 
in [5].  

 

2.3 Mode I testing 

In Mode I, a wedge-loaded double cantilever 
arrangement was used (Fig. 1B), which a metallic 
wedge (a scalpel blade) was driven into the resin 
rich region in the sample under displacement 
control. Guides kept the wedge vertical, with 
reasonably stable, self-similar growth being 
achieved. The samples were pre-cracked in Mode II 
before inserting the wedge as this was found to 
ensure the crack initiated within the resin rich region 
and not within the ply. Since the Mode I growth was 
extended for more than 1 cm before scanning, the 
effects of Mode II pre-cracking were assumed to be 
negligible.  

 

2.4 Mode II testing 

Mode II tests were performed using a similar 
120mm x 3mm x 1mm wide specimen geometry, 
with a 10mm PTFE starter crack. These were pre-
cracked a three-point bend configuration Crack 
growth was studied under an optical microscope 
prior to SRCT, to discern the approximate crack tip 
location.  

2.5 Synchrotron Radiation Computed 
Tomography 

SRCT was completed at the Swiss Light Source 
(SLS) on the TOMCAT beamline at the Paul 
Scherrer Institut, Villigen, Switzerland. A 
synchrotron generates an X-ray beam by 
accelerating electrons to almost the speed of light 
and putting them into an orbit. Bending magnets or 
insertion devices act on the electrons causing them 
to emitt X-rays that come off at a tangent of the 
synchroton to form a parallel beam used for SRCT. 
This varies from Micro-Focus CT that produces a 
cone beam by firing electrons at a metal target that 
then gives off X-rays. 
 
The impacted samples were scanned at a voxel 
resolution of 1.4µm with a detector size of 
2048x2048 pixels. The voxel resolution achieved for 
the Mode I and Mode II tests was 0.65µm, with a 
detector size of 2560 x 2160 pixels. A propagation 
distance of ~22mm was used, with near-field Fresnel 
diffraction fringes delineating the phase and crack 
edges over pure absorption imaging [6].  
 
Reconstructions were conducted at the SLS via in-
house GRIDREC method [7]. The subsequent 
volumes were analysed using ImageJ [8].  

 

3 Results 

3.1 Impact  

Fig. 2 and Fig. 3 show typical cracking behaviour in 
a quasi-isotropic coupon. Fig. 2 shows a region 
ahead of the crack tip wherein several instances of 
isolated particle-resin de-bonding occur (highlighted 
at (i)). Fig. 3 identifies a ligamented fracture 
behaviour consisting of: (i) crack deflection around 
the particles, and (ii) particle bridging.  

The micromechanical influence of the particles is 
clear from these images.  The crack tip region is 
complex with no distinct crack front. In combination 
with the highly ligamented nature of failure, even 
once a contiguous crack is present, it is evident that 
traction may arise across the crack flanks, consistent 
with a cohesive zone approach to fracture modelling. 
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3.2 Mode II  

Fig. 4 shows typical echelon behaviour (highlighted 
at (ii)) that has been previously identified in Mode II 
cracks [9]. Particle/matrix de-bonding, particle 
bridging, micro-cracking and crack coalescence to 
form a continuous crack are all micro-mechanisms 
that can be observed ahead of the crack tip in this 
image. These features are also present in the 
impacted sample. It is evident that the crack path 
follows particle-rich regions, as highlighted at (iii) in 
Fig. 4. Thicker resin rich regions have been reported 
to give increased echelon behaviour [9] and a more 
tortuous crack route [10], thus improving GIIC. 
However, behaviour seen in Fig. 4 indicates that 
particle distribution and size also play a role in 
determining echelon crack morphology and hence 
may influence optimal interlayer thickness. This will 
require quantitative investigation, since thicker resin 
rich regions are formed at the cost of overall 
mechanical properties.  

Fig. 5 highlights fracture micro-mechanisms ahead 
of the crack tip in relation to particle-depleted zones, 
showing small micro-cracks and echelon-like 
arrangements. Regions elsewhere in the 
reconstructed volumes show similar echelon crack 
behaviour, but with fewer deflections in crack path 
than in particle-rich regions, which tend to be much 
more tortuous. Fig. 5 shows several (i) particle-
depleted zones, along with substantial (ii) 
particle/matrix de-bonding and coalescence far 
ahead of the crack tip. This suggests that 
particle/matrix de-bonding precedes (iii) cracking in 
the resin, i.e. toughening particles are preferential 
nucleation sites for crack growth via de-bonding [3]. 
Further 3D analysis showed that there was 
particle/matrix de-bonding on either side of 
undamaged particle-depleted zones (e.g. Fig. 5 (ii)), 
indicating that the cracks may grow around such 
zones initially, before cracking through them.  

The local influence of a singular large particle in the 
resin rich layer is shown in Fig. 6, where a large de-
bonding event has occurred. Fig. 7A shows the 
middle of the particle, and Fig. 7B a region ~30µm 
into surrounding material exhibiting a fine particle 
distribution. It is evident that scale and spatial 
density of initial damage events scales with the local 
particle population [3].  

 

3.3 Mode I  

The observation that macro-scale Mode II crack 
growth involves micro-scale Mode I initiation and 
propagation [11] places emphasis on understanding 
the micro-mechanisms occurring under such failure. 
The toughness of the interlayer has also been 
identified as a key factor influencing GIC, as opposed 
to interlaminar thickness, which is thought to be the 
key factor for increasing GIIC [9], [12].  

Mode I specimens were held under load (with the 
wedge in place) while being scanned, that allowed 
identification of smaller cracks, which would not be 
seen had the crack not been held open, and 
emphasized the crack opening displacement increase 
moving further away from the crack tip. Fig. 8 also 
shows the differences between Mode I and Mode II 
clearly. From qualitative observation, there seems to 
be more bridging in Mode I (Fig. 8 (ii)), with 
multiple locations where there is substantial overlap 
of micro-cracks (Fig. 8 (iii)) that is not apparent in 
Mode II tests. In both Mode I and Mode II 
specimens, there is still particle/matrix de-bonding 
ahead of a continuous (albeit irregular) crack tip. 
Echelon crack formation is, by its nature, commonly 
attributed to Mode II loading, due to the local tensile 
loading on the echelon crack segments. However, in 
these particle-toughened systems, particle/matrix de-
bonding in Mode I appears to coalesce in a manner 
that is geometrically quite similar to echelons in 
untoughened systems. 

Fig. 9 highlights the microstructural difference in 
interlaminar thickness over a 0.5mm length ranging 
from ~20µm  to 40µm. The image also shows a 
straight crack ~45 degrees through a particle-
depleted zone that connects a region of 
particles/resin de-bond to what appears to be a 
fibre/matrix interface de-bond. In a previous study, 
this interfacial failure was identified as the dominant 
propagation mechanism in base (untoughened) 
laminates under both fatigue and static loading 
conditions [13]. However, the presence of the 
particles and subsequent de-bonding and crack 
coalescence occurring prior to such brittle cracking 
(supported by Fig 5), the crack is deflected back into 
the resin rich layer where the prior damage is 
present. This behaviour may be key, since more 
energy absorption is expected in the interlaminar 
region as opposed to the intralaminar region, which 
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has been reported in the particle toughened 
T800H/3900-2 material that exhibits a drop in GIC 
attributed to the transition to the untoughened 
base/lamina interface [13].  

 

4 Conclusions 

Variations in the mechanistic processes and 
associated geometry of fracture micromechanisms 
(incipient micro-cracking, deflection, ligament 
formation) have been assessed in terms of load 
conditions, revealing variations with corresponding 
implications for physically representative modelling. 
Microstructural differences in interlayer thickness 
(particle size and distribution) clearly influence the 
fracture micro-mechanisms present. In particular, the 
local conditions conducive to initial particle-resin 
separation, the extent of local particle-particle 
interaction, the geometry of coalescence with the 
main crack front and the degradation of ligament 
integrity as it moves further from the crack tip and 
local crack opening displacements (COD) increase. 
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Fig.1A Mode I specimen and wedge arrangement 

 Fig. 1B Compression rig with specimen 
arrangement as in Fig. 1A 
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    (i) 

 
Fig. 2 Plan view of a delamination crack tip in 
impact, identifying (i) particle-resin de-bonding 
ahead of the main crack. 

 

 

                            (ii)          (i) 

 
Fig. 3 Side view of an interlaminar crack in a particle-toughened system post impact showing (i) crack 
deflection and (ii) particle bridging 

 

    (iii)     (ii)       (i) 

Fig. 4 Side view of a Mode II crack showing (i) particle bridging, (ii) echelon behaviour and (iii) crack path 
following particle rich zones.  
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          (iii)                                (i)             (ii) 

 
Fig. 5 Side view of a Mode II crack tip showing (i) a particle-depleted region, (ii) particle/matrix de-bonding 
occurring ahead of a continuous crack, and (iii) echelon behaviour in a particle-depleted zone. 

 

                 (i) 

 
Fig. 6 Side view of a Mode II crack, identifying (i) substantial particle/matrix de-bonding around a large 
particle ahead of the crack tip 

 

 

 
Fig. 7A Shows the particle/matrix de-bonding 
primarily around the larger particle seen in Fig. 6(i) 

 

 

 

 
Fig. 7B Shows the same region as in Fig. 7A, but 
~30um deeper, where a more uniform distribution of 
particles gives more uniform de-bonding.  
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         (iii)            (ii)                      (i) 

 
Fig. 8 Near-tip Mode I crack, showing: (i) particle/matrix de-bonding, (ii) bridging, and (iii) overlapping 
cracks. 

    (i) 

 
Fig. 9 Crack deviation in a Mode I near-tip region highlighting (i) crack behaviour in a particle-depleted zone 
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1 Introduction

Thermoplastic composites offer new possibilities for
the aerospace industry. Huge structures (several
meters) can be processed rapidly and more cost-
effectively than when thermoset composites are used,
since the latter need to undergo lengthy curing reac-
tions. The ability to fuse thermoplastic resins gives
new perspectives for processing and assembling. Fu-
sion bonding, usually known as welding is, indeed,
a group of joining techniques specific to thermoplas-
tic composites that offers a very interesting alternative
to traditional assembling via adhesive bonding or me-
chanical fastening.

Within this group, ultrasonic welding of thermo-
plastic composites is based on low-amplitude and
high-frequency vibrations that cause surface friction
and viscoelastic heating at the welding interface. Its
main advantages are very high speed (welding times
of a few seconds) and the fact that no foreign material,
such as a metal mesh or metal particles, is needed at
the interface regardless the nature of the adherents. As
first introduced by Fernandez Villegas [1], localized
heating in ultrasonic welding of thermoplastic com-
posites can be achieved by placing a film of neat ma-
trix at the welding interface (Figure 1). This straight-
forward “flat energy director” solution contrasts with
more traditional and complex energy directors derived
from the plastics industry consisting of neat resin pro-
trusions molded on the surfaces to be welded [2]. Flat
energy directors concentrate heat dissipation at the
welding interface as a result of their lower stiffness

upper plate (composite)

energy director (neat polymer film)

lower plate (composite)

Sonotrode

Figure 1: Principle of the ultrasonic welding.

and hence their higher cyclic strain as compared to
that of the composite adherents. Since they cover the
whole overlap, they provide 100% welded areas with-
out the need for any shape or size optimization.

The experimental work in Fernandez Villegas [1]
coupled with the work of Zhang et al. [3] on heat-
ing of rectangular energy directors give a relevant in-
sight into the different heating mechanisms and their
roles in the ultrasonic process. Further work is how-
ever needed to fully understand the phenomena tak-
ing place in the flat-energy-director ultrasonic weld-
ing process. Of particular importance is the temper-
ature developed at the welding interface and the ex-
tension of the heat affected zone (HAZ) in the adher-
ents, which are difficult to measure by using thermog-
raphy or traditional thermocouples. With this purpose,
a multiphysical model was built and solved in COM-
SOL Multiphysics in order to simulate the heating
mechanisms in the process. This model together with
an experimental validation of the results they provide
are presented in this paper.
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Figure 2: Thermal conductivity of the CF/PEI com-
posite and the neat PEI matrix.

2 Experimental methods

2.1 Material

The material used for this research is T300 carbon-
fiber reinforced polyetherimide (CF/PEI) provided by
Ten Cate Advanced Composites, The Netherlands.

PEI. The transverse kzz and in-plane kxx thermal
conductivity of the composite and that of the neat PEI
matrix k were measured by DSM using a nanoflash
method and are plot versus temperature on figure 2.
Despite the slight thermodependency one can observe
in those graphs, we retain constant values for the mod-
eling:

kxx = 0.61 W/mK

kzz = 2.8 W/mK

k = 0.25 W/mK

(1)

The specific heat capacity cPEI of the neat PEI ma-
trix was measured at TU Delft by using a Perkin-
Elmer DSC 7 Differential Scanning Calorimeter. Its
density ρPEI was measured by the manufacturer Sabic
Innovative Plastics using a PVT apparatus. As shown
on figure 3 the volumetric heat capacity of the PEI
ρPEIcPEI is supposed to be linear versus temperature:

ρPEIcPEI = 4110×T [◦C]+1.24×106 J/m3.K. (2)

The mechanical behavior of PEI is studied in ap-
pendix B.

Figure 3: volumetric Heat capacity of the neat PEI
matrix ρPEIcPEI versus temperature.

Composite. The specific heat capacity ccomp of the
CF/PEI composite was measured with the DSC. Con-
sidering a constant density ρCF = 1760 kg/m3 for the
T300 carbon fiber and ρPEI above, the mixture rule al-
lows to determine the density of the composite ρcomp.
The volumetric heat capacity is plotted versus tem-
perature on figure 4. It is in good agreement with the
volumetric heat capacity obtained using the mixtures
rule:

ρcompccomp = v f (ρCFcCF)+(1− v f )(ρPEIcPEI) (3)

where v f = 50% is the fiber fraction, and cCF =
800 J/kg.K the T300 carbon fiber specific heat. Finally,
the following linear dependence on temperature is as-
sumed:

ρcompccomp = 2700×T [◦C]+1.3×106 J/m3.K. (4)

The in-plane elastic modulus in the warp and weft
directions was found by the manufacturer to vary
very little (less than 3%). Moreover it is rather con-
stant (within 5%) between 23 ◦C and 80 ◦C. For our
quasi-isotropic composite, we pertain an in-plan elas-
tic modulus:

Eplan = 55GPa. (5)

It is considered constant on the whole process temper-
ature range. On the contrary, the transverse modulus
Ezz is obtained

The Poisson ratio of the composite is supposed
isotropic and equal to 0.4.
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Figure 4: Heat capacity of the CF/PEI composite
ccomp versus temperature.

2.2 Processing

Six layers of five-harness satin CF reinforced prepreg
were used to manufacture the base laminates in a hot
platen press. The stacking sequence of the laminates
was [0/90]3s and the manufacturing conditions were
20 minutes at 320 ◦C and 20bar. The nominal thick-
ness of the consolidated laminates was 1.92mm.

Rectangular samples (101.6mm× 25.4mm) were
cut out of the CF/PEI laminates with an abrasive saw
so that the longer side of the samples coincided with
the main apparent orientation of the fibers. These
samples were degreased and welded in near-field [2]
into a single-lap configuration with an overlap area of
12.7mm×25.4mm (according to ASTM D 1002). A
film 0.25mm thick PEI film is used as a flat energy
director.

For the welding of the samples a 20kHz Rinco Dy-
namic 3000 ultrasonic welder with a maximum power
input of 3000W was used. The processing parameters
relevant to the analysis in this paper were 500N weld-
ing force and 86.2 µm vibration amplitude. More de-
tail on the experimental method can be found in Fer-
nandez Villegas [1]. The ultrasonic welder provides
feedback on the power dissipated during the process
and the displacement of the sonotrode. The dissipated
power, as well as the transformations undergone by
the energy director in the different phases of the pro-
cess as described in Fernandez Villegas [1], was used

for the validation of the COMSOL model.

3 Modeling

In this section, a modeling of the heating phenomena
that allows to perform ultrasonic welding is proposed.
Many authors studied the classical case where triangu-
lar shape energy directors are used. Tolunay et al. [4]
suggested that the heating is solely due to mechanical
dissipation of work through visco-elastic deformation.
This suggested phenomenon has been widely assumed
in the literature [5, 6] and allowed to perform analy-
sis of industrial energy director shapes [7, 8]. More
recently, Levy et al. [9] confirmed the heating term
due to visco-elastic work dissipation using time ho-
mogenization technique based on asymptotic expan-
sion. An integrated finite element code solving for
the vibration, the heat transfer and the flow was devel-
oped [10, 11].

In the present study, because the energy director is
not triangular but a film at the interface, new phenom-
ena are occurring. The heating mechanism, as sug-
gested by Zhang et al. [3] and Fernandez Villegas [1]
also consists in frictional dissipation at the interface.

3.1 General macroscopic framework

Because of the sample geometry, a plane strain as-
sumption is pertained and a two dimensional frame-
work allows to describe the problem using three do-
mains, as shown on figure1. Using symmetries, only
a quarter of the domain is considered.

In the present study, we propose to model the heat-
ing phase during ultrasonic welding with film energy
directors. The frameworks is that of Levy et al. [10]
except that we do not account for the flow, that mostly
occurs in the subsequent phases of the process [1].

The physics solved are therefore:

• An elastic problem that describes the vibration
effect. The boundary condition being a sinu-
soidal displacement imposed by the tool u =
asin(ωt). As noticed by Levy et al. [11], this
approach neglects the hammering effect brought
up by Tolunay et al. [4] and considers contact be-
tween the sonotrode and the top composite. In

3
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this study, we will consider that the contact be-
tween the sonotrode and the composite assembly
is lost during a part of the cycle.

• A heat transfer problem that describes tempera-
ture evolution in the setup. Following existing
works [4, 5, 6, 8, 3, 10], the viscoelastic dissipa-
tion appears as a thermal source of the form:

Q̇bulk (x,y) =
α2

h ωE ′′εεε∗ : εεε∗

2
(6)

E ′′ being the loss modulus of the material and
εεε∗ (x,y) the amplitude strain tensor obtained by
solving one static elastic problem with the ampli-
tude of vibration as a load. Because of the ham-
mering effect, during an ultrasonic cycle, con-
tact is lost between the sonotrode and the sam-
ple. This is accounted by introducing the effi-
ciency coefficient αh. If no hammering occurs,
αh = 1 and the classical dissipation term from
the literature is recovered. In the case of ham-
mering, the sinusoidal strain εεε = εεε∗ sin(ωt) oc-
curs only during a fraction of the cycle, leading
to a reduced viscoelastic dissipation. The data
obtained with the normalized problem will be de-
noted with a star hereunder. Using the complex
viscosity η̄ = η ′+ iη ′′ = Ē/iω instead (Ē being
the complex viscoelastic modulus), one can write

Q̇bulk (x,y) =
α2

h ω2η ′εεε∗ : εεε∗

2
. (7)

It explicitly shows the quadratic dependency of
the viscous dissipated power on the vibration fre-
quency.

In addition to those bulk phenomena that have been
treated in the literature, this study brings a special fo-
cus on the interfacial thermo-mechanical phenomena
which are of particular importance in this process.

3.2 Microscopic analysis at the interface

In the following we call “interfaces” the lower and up-
per interface between the film and the lower, succes-
sively upper, composite plate.

First the friction phenomenon cannot be neglected,
and induce an interfacial heat source. Then the contact

evolution at the microscopic scale is modeled using
an intimate contact model. Finally the roughness at
the interface, inherently linked to the intimate contact,
acts as microscopic energy concentrator.

3.2.1 Friction

Because the stiffness of the neat matrix film at the
interface is lower than that of the composite plates,
its longitudinal deformation will be larger than that
of the composite resulting in slippage and friction at
the interfaces, and a displacement difference. In or-
der to simulate this displacement discontinuity, a spe-
cial connector was added at the interfaces between
the plates and the film. A “thin elastic film”, as de-
fined in COMSOL, was considered with the following
anisotropic properties:

• A very high normal stiffness Kn = 1018 N/m3

constrains the normal displacement to be contin-
uous, thus allowing a contact condition.

• An initial very low tangential stiffness K0
t ∼ 0

simulates a perfect slip with no friction. This first
model neglects the effect of friction on the defor-
mation and therefore probably over-estimates the
slippage. This simple “perfect slip” approach al-
lows one to keep a linear elastic problem. Thus
allowing to describe the sinusoidal response to
the sinusoidal load by solving one single static
problem (as discussed in section 3.1). Note that
as adhesion occurs at the interface, the tangential
stiffness Kt increases. We finally suppose an em-
pirical quadratic dependency of Kt on the degree
of adhesion Da defined hereunder (section 3.2.3):

Kt =
Ezz

h

(
2×10−3 +D2

a
)
· (8)

When Da reaches 1, full sticking occurs and Kt

reaches the very high value of Ezz/h where h =
2 µm is a very thin equivalent layer thickness (∼
1% of the film’s height).

After solving the elastic problem, one gets the hori-
zontal displacement discontinuity δδδuuu∗ (x) across the
interface for each position x of the interface. Back to
the temporal space, one gets a discontinuity

δδδuuu(x) = δδδuuu∗ (x)sin(ωt) (9)
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and a velocity discontinuity

δδδvvv(x) = δδδuuu∗ (x)ω cos(ωt) . (10)

The tangential force τττ , even though it was neglected
while computing the elastic problem, can be approxi-
mated assuming a Coulombic friction. It then depends
on the normal force magnitude |σσσn| as:

τττ (x) = µ. |σσσn (x)|
(

δδδvvv(x,y)
|δδδvvv(x,y)|

)
. (11)

where µ is the friction coefficient that depends on
temperature and was obtained using a friction setup
at McGill University as described in appendix A. The
parenthesis shows that the tangential force is always
acting against slippage. σσσn is obtained from the elas-
tic problem as:

σσσn (x) = σ
∗
yy (x)sin(ωt) .eeey (12)

σ∗yy (x) = σσσ∗ (x) ·eeey ·eeey being the vertical stress on the
horizontal interface obtained by solving the normal-
ized problem discussed in section 3.1. The average
dissipated mechanical work associated to friction dur-
ing an ultrasonic cycle therefore writes

Q̇ f ric (x) = 〈τττ ·δδδvvv〉 (13)

the operator 〈·〉 being the average operator over an ul-
trasonic vibration period 2π/ω . Noting that(

δδδvvv(x,y)
|δδδvvv(x,y)|

)
·δδδvvv = |δδδvvv(x,y)| (14)

one obtains

Q̇ f ric (x) = α2
h

ω

2π

×
∫ 2π

ω

0 µ
∣∣σ∗yy (x)sin(ωt)

∣∣ · |δδδuuu∗ (x)ω cos(ωt)|dt
(15)

where the hammering coefficient αh accounts for the
part of the cycle when contact is lost between the
sonotrode and the sample. Developing leads to:

Q̇ f ric (x) = α2
h

ω2

2π
µ
∣∣σ∗yy (x)δu∗ (x)

∣∣
×
∫ 2π

ω

0 |sin(ωt)cos(ωt)|dt
(16)

and finally

Q̇ f ric (x) = α
2
h

ω

π
µ
∣∣σ∗yy (x)δu∗ (x)

∣∣ . (17)

Note that this friction dissipated power is propor-
tional to the vibration frequency ω . This is clearly re-
lated to the dry friction behavior assumed in eq. (11).

Table 1: Intimate contact parameters.

a0[µm] 0.2
a0
b0

1
w0
b0

0.7
w∗ 1.7
a∗ 8.5

Rc =
(a∗)

1
5

w∗ 0.9
Dic0 =

1
w∗ 0.588

3.2.2 Intimate contact evolution

When welding the composite plates, the quality of the
contact between the tape and the energy director film
evolves as the surface asperities get squeezed. During
the last couple of decades, several models have been
proposed to predict the evolution of this contact.

In the present study we make use of the Lee and
Springer [12] model that aims at predicting the evolu-
tion the degree of intimate contact. It is a scalar de-
fined as the contact area ratio and reaches 1 when full
contact is obtained. The Lee and Springer model has
been widely used in the literature [13, 14, 15, 16], and
proved its efficiency. The model for Dic writes [12,
13]:

Dic (x) =
1

w∗
×
[

1+a∗
∫ t

0

Papp

η (T (x))

] 1
5

(18)

where w∗ = 1 + w0/b0 and a∗ = 5w∗ (a0/b0)
2 are

geometric parameters related to the interface rough-
ness, as defined in Lee and Springer [12]. Using
contact surface profile measurements, a0 can be ob-
tained [17, 18]. Nonetheless the other parameters can-
not be obtained. In this first model the parameters
used are simply adapted from the literature and are
given in table 1. Papp is approcimated by the constant
load applied on the interface or the sonotrode holding
force divided by the sample area, and η (T (x)) is the
viscosity of the roughness, that is taken as the pure
matrix viscosity [18]. It follows an Arrhenius law

η (T ) = A× exp
(

Ea

RT [K]

)
(19)

where R is the gas constant. The viscosity versus tem-
perature is measured experimentally using rheometer.

5
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Figure 5: Logarithm of viscosity versus inverse of
temperature.

The pre-exponential factor A and the free energy Ea

are determined using a linear fit in the log-inverse
graph plot (see figure 5). One obtains

A = exp(−14.14) = 7.23×10−7 Pa.s
Ea = R×1.34×104 = 111.7kJ/mol

. (20)

Equations (18) and (19) give the evolution of Dic

through an ordinary differential equation:

∂Dic

∂ t
= D−4

ic

(
a0

b0

)2
(

1
1+ w0

b0

)4
Papp

A
exp
(
− Ea

T (x)

)
(21)

The bad contact at the interface results in a tem-
perature gap at the interface. The thermal contact re-
sistance leading to this gap decreases as the contact
increases (as Dic increases). In this study we propose
to model this resistance using the relation proposed by
Levy et al. [19, 18] linking this thermal contact resis-
tance Rc and the degree of intimate contact Dic. For
each position of the interface it writes:

Rc (Dic (x)) = Dic(t=0)a0

(
1

kD2
ic (x)

+
1−Dic (x)
kairDic (x)

+
1
k

)
.

(22)
k being the thermal conductivity of the matrix and kair

that of the air. We shall use kair = 0.03 W/mK.
Note that because the temperature is not continu-

ous across the interface, the interfacial source Q̇ f ric is
equally split on each side of the interface.

Figure 6: Elastic and Loss Moduli for PEI at high tem-
perature measured at 10Hz.

3.2.3 Adhesion evolution

In order to predict the quality of adhesion one is in-
terested in both modeling the intimate contact and the
healing. In order to get a good adhesion, once inti-
mate contact is achieved, one has to keep bond hot
enough, for a sufficient duration, to ensure diffusion
of the polymer macromolecules across the interface.
Following the reptation theory by De - Gennes [20]
one can define a reptation, time tr that represents the
time the macromolecule needs to fully change its con-
figuration. tr can be modeled using an Arrhenius law:

tr = Ar exp
(

Ea

R.T [K]

)
. (23)

The complex moduli at high temperature where mea-
sured at f = 10Hz with a rheometer as shown on fig-
ure 6. Using the Cox-Merck principle Ferry [21], the
characteristic time

tr =
1

2π f
= 15.9ms (24)

is deduced from this test. The two curves cross at tem-
perature 281.5 ◦C which is the relaxation temperature
for this test. Using eq. (23), with the free free energy
Ea obtained above, one can finally determine the value

Ar = 4.71×10−13 s (25)
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Figure 7: Mesh over the computation domain.

Considering that once the macromolecule has fully
diffused across the interface healing is complete, one
can define a degree of healing Dh that follows:

∂Dh

∂ t
=

1
tr (T )

. (26)

Several authors [12, 22, 23] proposed a coupled model
that ensures that only the surface already in intimate
contact starts healing. Based on these models we in-
troduce a new variable Da, the degree of adhesion, that
fulfills:

Da = Dic×Dh (27)

ensuring that only the fraction in intimate contact
heals. Da (x) is computed for each position x of the
interface using Dic and Dh obtained by solving the or-
dinary differential equations (21) and (26).

3.3 Implementation

The model is solved with the finite element method
using the commercial software COMSOL multi-
physics. Thanks to the symmetries of the system, a
quarter of the two dimensional geometry is simulated
(see figure 7). It consists of half the upper composite
plate and a quarter of the film. The quarter geometry is
meshed with 5063 unstructured triangles with refine-
ment along the interface. The unknown are (i) the dis-
placement vector and (ii) the temperature in the whole
domain, obtained by solving the elastic problem and
the heat transfer using a quadratic interpolation; and
(iii) the degree of intimate contact and (iv) the degree
of healing at each node of the interface. The couplings
are summarized on figure 8.

A backward Euler solver is used for the time inte-
gration. The resolution is stopped when the minimum
temperature in the film exceeds Tg +20 ◦C (which oc-
curs before 0.5s). The computation is performed on a
desktop computer in less than 5min.

Elastic 

Problem

u*, ε*

viscoelastic 

dissipation

material 

thermodependency

Adhesion D
a

Intimate 

contact D
ic

Healing D
h

viscosity drop

reptation time

friction heating

Heat Transfer

T

thermal 

contact 

resistance

Figure 8: The three physical problems to be solved
and their couplings.

Table 2: Parameters used in the simulation.

αh hammering coefficient 0.21
ω sonotrode pulsation 125000rad.s−1

a sonotrode amplitude 86.2 µm
tramp time to establish vibration 50ms
Papp sonotrode holding pressure 1.55MPa

Following the experimental procedure, at initial
time t = 0, the total holding pressure Papp is applied.
The amplitude a(t) of the displacement imposed by
the sonotrode on the upper part of the assembly then
starts increasing. It is ramped from 0 at t = 0 to the
nominal amplitude at time t = tramp. The reference
case presented in Fernandez Villegas [1] is replicated.
The parameters that were not given in the text are
given in table 2.

4 Results and Discussion

4.1 Dissipated powers

Figure 9 shows the different powers dissipated in the
system. It is obtained by integrating successively the
visco-elastic dissipation Q̇bulk (eq. (7)), the friction
dissipation Q̇ f ric (eq. (17)) and the sum of both (the
total dissipation) over the domain.

Fernandez Villegas [1] measured the experimental
power delivered by the ultrasonic apparatus Prig. Be-
cause of several losses, amongst which:

• the generator efficiency itself

• acoustic losses

7
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Figure 9: Total simulated dissipated powers and mea-
sured generator power versus time. The measured
power [1] is multiplied by the efficiency χ = 13% to
represent the actual transmitted power.

• dissipation in the composite plates

• dissipation/damping in the rig

only a fraction of this delivered power is dissipated
in the system. Considering a constant efficiency χ =
13%, the experimental dissipated power Pexp = χ ·Prig

fits well with the present predicted total dissipation. In
figure 9 after the initial ramp that corresponds to the
sonotrode amplitude increase, we notice a first peak
around tramp = 0.05s that is associated with the high
initial friction dissipation. Note that the knowledge of
the transient regime is very approximate so that a bet-
ter matching of the very initial stage could be obtained
by simply changing the amplitude ramp in something
more realistic. Following that peak, adhesion starts,
such that the friction dissipation quickly decreases,
leading to a slight decrease of the total power. Around
tmin = 0.38s, accurately reproducing the experimental
trend, the power reaches a minimum and then rises
again.

4.2 Temperature predictions

Figure 10 presents the temperature along the center of
the energy director film at four different characteris-
tic times. Note that because of symmetry only a half
of the interface is plotted and position 0 corresponds

Tg

Figure 10: Temperature predictions along the inter-
face at four characteristic times.

Figure 11: Temperature and displacement fields at
time t = tramp = 0.05s. General view and closeup.

to the center of the film. At tramp = 0.05s, the tem-
perature simply shows a slight increase at the edge of
the energy directors. This is explained by the slip-
page at the interface that is higher at the edge than
at the center (as shown on figure 11). It induces a
higher friction dissipation. Then, the temperature in-
creases until about t = 0.15s, when the hottest point
(the edge) reaches the PEI glass transition tempera-
ture (Tg = 215 ◦C). Then the visco-elastic dissipated
power drops (as shown on figure 9) as a larger part
of the film reaches the glass transition temperature.
Eventually, at time t = 0.4s, the whole film reached
the glass transition temperature and flow can occur, as
observed experimentally by Fernandez Villegas [1].

Figure 12 presents the profile across the plate and
the film at three different locations: in the middle of
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y

Figure 12: Temperature prediction at t = 0.04s across
the assembly thickness at three locations: central sym-
metry, 3/4 and edge.

the sample, at three quarters and at the edge of the
film. Once again, for symmetry reasons, only a quar-
ter of the domain is considered. The temperatures are
plotted at time t = 0.4s. During this initial heating
phase, one can notice a very local heating of the bond.
That is very encouraging for an efficient welding with-
out deconsolidation of the substrates. This was, once
again, experimentally observed [1] during this initial
heating phase. One should finally notice that the tem-
perature in the middle of the film (y = 0) is higher
than the temperature at the interfaces film/substrate
(y = 0.125mm), which shows that flow might occur
before the interfaces reach Tg.

4.3 Adhesion evolution

Figure 13 shows the degree of adhesion along the
film/substrate interface at different times. Because of
the higher edge friction dissipation discussed in sec-
tion 4.2, at time t = 0.1s, adhesion starts at the edge
(around 6mm). This is confirmed by the weak adhe-
sion observed experimentally at the edge by Fernan-
dez Villegas [1] and shown on figure 14. Right after
that, heating and adhesion increase everywhere in the
interface. At time t = 0.4s, the degree of adhesion is
non negligible everywhere along the interface, which
was also observed experimentally.

Figure 13: Predicted degree of adhesion at different
times.

Figure 14: Energy director and bottom composite sub-
strate for 100ms vibration time [1].

5 Conclusion

Ultrasonic welding of Carbon/PEI composite was in-
vestigated. As previously observed experimentally, a
neat PEI film at the interface between the two plates to
be welded acts as an energy director. It allows a local
heating and ensures a progressive adhesion of the two
plates to be welded.

In the present work, a numerical multiphysical
model gave a better insight of the leading physical
phenomena occurring during the heating phase. The
model consists of an elastic problem that predicts the
effects of the ultrasonic vibration, a heat transfer prob-
lem that predict the temperature increase and a cou-
pled bonding evolution problem at the interface that
predicts the evolution of the adhesion.

The simulation aims at replicating the reference ex-
periment given in Fernandez Villegas [1]. The results

9
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confirms that the heating is mostly initiated by friction
dissipation between the energy director film and the
composite plates. Once adhesion increase, slippage is
reduced and friction drops whereas visco-elastic dis-
sipation takes over. The temperature at the interface
progressively increases until it reaches the glass tran-
sition temperature. Then squeeze flow of the resin can
start, the heating phase is finished.

The predicted dissipated power were compared
with the experimental power delivered by the ultra-
sonic unit. A transmitted power of 13% of this ma-
chine power was found to accurately fit the predicted
dissipated power at the interface.

The numerical simulation will further be used to in-
vestigate the effects of different process parameters on
the welding.
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A Measurement of the friction coefficient

The classical coulomb law has been widely used to
characterize composite friction behavior. It consists
in considering a behavior such that a constant friction
coefficient can be determined as:

fc =
T
N

(28)

Figure 15: Friction coefficient measurement setup.

where T is the tangent load and N is the normal load
applied between the substrate and the film.

fc is determined using a friction setup based on
the ASTM method D1894 [24], initially developed
for measuring thin plastic sheet friction coefficient.
The setup is similar to the one proposed by Thije and
Akkerman [25], Lebrun et al. [26] or Sun et al. [27]. It
consists of two platens that apply a controlled normal
load and is positioned in an MTS machine (shown on
figure 15). Two PEI films are attached on each platen,
and a CF/PEI composite plate is compressed between
those wrapped platens. The contact area is that of the
platens: 50.8mm× 101.6mm. A normal load corre-
sponding to 86 and 129kPa is applied and the plate
is pulled through, using the MTS tensile machine, at a
constant velocity of 1.17 mm/s and 2.33 mm/s. The mea-
sured extraction force is averaged over steady state
phase of the test, that is reached after around 20mm .
Using the two normal loads, two values of the friction
coefficient are obtained for each velocity. The test is
performed at room temperature. Results are given on
table 3.

The friction coefficient obtained using the two dif-
ferent normal and two different velocities present less
than 10% dispersion and show the adequacy of the
coulomb law. An average of these four values is re-
tained in the simulation. Note that we are mostly in-

11
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Table 3: Friction coefficient measurements.

Velocity Normal Force Friction coefficient
mm/s kPa
1.17 86 0.189
2.33 86 0.196
1.17 129 0.201
2.33 129 0.196

0.195±3%

terested in the room temperature behavior since the
friction will mostly occur at the initial stage of the
process, at low temperature.

B Determination of the viscoelastic modulus at
high frequency

The elastic and loss moduli E ′ and E ′′ of the neat
PEI were measured using a DMA apparatus between
room temperature and 235 ◦C for five frequencies f :
0.1,1,10 and 100Hz. Using a time temperature su-
perposition principle, the obtained data were shifted
onto the f = 1Hz master curve, assuming that:

E ′ (T, f ) = E ′ (T +a( f → 1) ,1) (29)

and
E ′′ (T, f ) = E ′′ (T +a( f → 1) ,1) . (30)

The obtained shift factors a are plotted for each fre-
quency on figure 16. Extrapolation of this shift factor
to 20kHz gives:

a(20kHz→ 1Hz) =−14.5 ◦C (31)

and allows to predict the elastic and loss moduli of
PEI at 20kHz, as shown on figure 17.

Figure 16: Obtained shift factor and its extrapolation
to 20kHz.

Figure 17: Elastic and loss moduli of PEI measured at
1Hz and shifted to 20kHz.
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1 Abstract  

Short fibre reinforced thermoplastics are 

increasingly used in automotive applications because 

of their potential for light weight design and cost 

efficient manufacturing by injection moulding. The 

fibre orientation, tuneable in the production process, 

defines the degree of anisotropy which causes 

different damage behaviour depending on the 

multiaxial stress state. 

Therefore, the multiaxial damage behaviour, based 

on micro cracking, is analysed by combining 

mechanical loading tests and non-destructive X-ray 

refractometry. 

 

2 Introduction 

There is an increasing interest in short fibre 

reinforced polyamide in automotive applications due 

to its potential for light weight design and cost 

efficient manufacturing by injection moulding. The 

simulation of the injection moulding process allows 

to predict the fibre orientation and an accordingly 

designed anisotropy. Besides material strength and 

elastic properties, fatigue behaviour and damage 

mechanisms are also dependent on the load direction 

in relation to the fibre orientation distribution. 

In order to describe the structural durability of short 

fibre reinforced polyamide, it is necessary to 

understand the damage behaviour under different 

components of load. Since the damage of short fibre 

reinforced polyamide is based on micro cracking, 

the non-destructive method of X-ray refraction 

analysis provides the potential to characterize the 

evolution of damage. 

The damage mechanisms of short glass fibre 

reinforced polyamide in uniaxial tensile and 

compression tests have been studied by GÜNZEL 

[1] and TRAPPE et al. [2, 3] at BAM Federal 

Institute for Materials Research and Testing.  In this 

study, the X-ray refraction analysis was used to 

measure the plane fibre orientation distribution and 

the directional micro cracking evolution. A micro 

damage model, developed by GÜNZEL [1], enables 

to quantitatively understand the X-ray refraction 

signal and to separate the micro cracking phenomena 

of fibre matrix debonding and matrix micro cracking 

with respect to fibre orientation distribution. 

 

In the following the damage behaviour due to axial 

as well as torsion loadings will be focused on.  

 

3 Theory 

 

3.1 Damage mechanisms in short fibre reinforced 

polyamide 

The damage in short glass fibre reinforced 

polyamide is ascribed to the micro cracking 

phenomena of fibre-matrix debonding and matrix 

micro cracking [4]. The occurrence of these 

phenomena depends on the stress state and in 

particular on the load direction in relation to fibre 

orientation. 

Damage starts with fibre-matrix debonding and 

matrix micro cracking and results in cumulative 

damage either from further occurrence or from local 

concentration of these phenomena (Fig. 1). 
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3.2 X-ray refraction analysis  

X-rays are refracted at interfaces of materials or 

media with different electron densities and 

respectively different refractive indices. This effect 

is used for X-ray refraction analysis based on the 

technique of small angle X-ray scattering (SAXS) 

which has been developed by HENTSCHEL et al. at 

BAM Federal Institute for Materials Research and 

Testing [5, 6]. The short wavelength of X-rays (Mo-

Kα 0,7Å) allows for confident detection of inner 

surfaces from minimum size of 70 nm [7]. 

In Fig. 2 the used Kratky-SAXS measuring system 

with fixed scattering angle is shown. The X-ray 

beam, collimated to a rectangular square section ((2-

3) mm x 50 μm), passes the sample. The two 

scintillation detectors measure the intensity of the 

refraction IR directly and the intensity of the 

absorption IA indirectly by a scattering foil. These 

intensities as well as the zero values IR0 and IA0, 

measured without a sample in the path of rays, 

enable the calculation of the refraction value C (eq. 

1). 

 

  [
     ⁄

      ⁄
  ]  

 

 
 

 

(1) 

The refraction value which depends on the thickness 

of the sample d is proportional to the inner surface 

of the radiographed volume [8]. 

The absorption of the material is described by the 

Lambert-Beer law (eq. 2) with the absorption 

coefficient of the material μ. 
 

        
     

 

(2) 

From the equations (1) and (2) follows the specific 

refraction value C/µ which is independent of the 

specimen thickness and directly proportional to the 

refractive intensity. 

 

Scanning a significant area of the sample yields a 

spatial resolution of the inner surface integrated over 

the sample thickness. 

Glass fibres are cylinder lenses on which X-rays are 

refracted in a plane perpendicular to the axis of the 

fibre. This effect is used by the rotational X-ray 

refraction topography in order to measure the 

orientation of fibres [9].  

 

In composite materials three types of inner surfaces 

appear: Bonded fibre-matrix interfaces, debonded 

fibre-matrix interfaces and matrix-cracks (Fig.1 and 

Fig. 3). Assuming that in the undamaged state the 

fibre claddings are bonded and the end faces are 

debonded due to the manufacturing process, the 

rotational X-ray refraction topography allows to 

detect the integral fibre orientation over the wall 

thickness. 

Progressive damage includes debonding of fibre-

matrix interfaces and matrix cracking. The intensity 

of refraction depends on the index of refraction 

resulting from the electron density change at 

interfaces. For light materials, the electron density 

change approximately correlates with the mass 

density change. Therefore, the intensity of refraction 

increases with an increasing state of damage. 

 

4 Materials and test specimen 

A polyamide 6 containing 30 weight per cent 

(respectively 15 volume per cent) of short glass 

fibres is analysed. 

For uniaxial as well as multiaxial mechanical tests, 

an injection moulded tube specimen with a pin-point 

gate was designed and provided by a project partner 

[10]. This sample design enables high fibre 

orientation in the direction of the centre line, 

geometrical stability against buckling due to 

compression and torsion loads, minimized boundary 

effects in comparison to flat specimens and constant 

testing conditions for uniaxial as well as combined 

tension, compression and torsion tests. 

The parallel measuring section with a length of 20 

mm and a wall thickness of about 2 mm starts at a 

distance of 95 mm from the pin-point gate (Fig. 4). 

Hence, the fibre orientation in the measuring section 

varies slightly, which is shown by X-ray refraction 

analysis and Young’s modulus according to the 

peripheral angle of the tube specimen (Fig. 5). A 

pronounced binding line is not detected. As a result 

of the thin walled tube, the fibre orientation in the 

measuring section shows a weakly distinctive centre 

layer. 

The short glass fibres have an average fibre length of 

180 µm and a mean fibre diameter of 11 µm. 

 

The distribution of the fibre orientation in the φ-z-

plain is measured by X-ray-refraction topography. 

This result is confirmed by a high resolution 

computer tomography measurement of a specimen 

ICCM19 5726



 

3  

Multiaxially loaded short fibre polyamide: A contribution to non-destructive evaluation of micro cracking and damage evolution 

section ((2x1x1) mm³). Post processing via 

VGSTUDIO MAX by VOLUME GRAPHICS 

provides the symmetric second order orientation 

tensor of the spatial fibre orientation (eq. 3). 

 

    [
      
      
      

] 

          

 

(3) 

This tensor shows a high degree of fibre orientation 

in the direction of the centre line (azz).  

Since the degree of fibre orientation in the direction 

of the thickness (arr) is only 25 per cent of the 

circumferential direction (aφφ), a two dimensional 

fibre orientation frequency in the φ-z-plain, 

approximated by an elliptical function over the 

orientation angle, is applied. 

 

5 Experimental setup 

The experimental setup comprises mechanical 

loading tests and offline non-destructive X-ray 

refraction analysis to study the damage evolution. 

Additionally, destructive fractographic checks are 

carried out. 

 

5.1 Mechanical loading tests 

The mechanical loading tests were conducted at a 

servo-hydraulic tension-torsion testing machine 

which is equipped with a climate chamber to 

regulate the temperature and humidity. The quasi-

static and the fatigue tests were performed at the 

climate state of 23 °C and a minimized relative air 

humidity of 10 %. To avoid thermal failure during 

fatigue testing, the temperature of the specimen 

surface was measured and the surrounding 

temperature was reduced to a minimum of 19 °C to 

keep the specimen temperature at a state of (23 ± 3) 

°C. 

The strain was measured using the optical measuring 

system ARAMIS/IVIEW. For this purpose, the axial 

and the shear strain between two selected points on 

the specimen surface were analysed.  

The static and the fatigue test were operated in a 

load controlled manner. To reach axial and torsion 

damage in the static tests in the same time span, the 

load rates were adjusted to the particular strength. 

All further experimental data are summarized in the 

table below (Tab. 1). 

After fixed load levels or fixed numbers of load 

cycles respectively, X-ray refraction analysis was 

performed. Each test procedure was accompanied by 

6 to 9 non-destructive X-ray refraction cycles. 

 

 axial load torsion load 

2
nd

 axis torsion angle = 0° axial load = 0 N 

 

static tests 

load rate 

[kN/min] / [Nm/min] 

20  130  

 

fatigue tests 

load ratio [-] 0.1 0.1 

load level [-] 0.65 0.75 

cycles/ fatigue step [-] 20000 100000 

load frequency [Hz] 2 2 

Tab. 1 Experimental data 

 

5.2 Damage evaluation 

For damage analysis, an area of 6 mm arc length 

(Δφ= 20°) and Δz=20 mm axial length was 

measured by X-ray refraction analysis. The tube 

specimen was scanned line-wise in axial direction on 

the diameter (Fig. 7). Afterwards, the specimen was 

rotated to the next scanning angle and scanned 

again. Due to the geometry of the tube specimen, the 

two opposite walls were scanned simultaneously. 

The inhomogeneity of the composite material causes 

a variance of the measured intensities. Therefore, a 

representative mean value of the refraction (eq. 4) is 

used. 

 

    
  ∑  

 

   

 
(4) 

 

As a consequence of the mechanical loading, the 

wall thickness varies. Hence, the absorption 

coefficient μ is calculated for the undamaged state 

because the initial wall thickness is known (eq. 5). 

 

  
    (

  
   
⁄ )

 
 

(5) 
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At all further damage steps, the refraction value is 

independent of the wall thickness (eq. 6). 

 

   
[
      
      

  ]   

   (      )
 

(6) 

 

The calculated variation of the refraction (eq. 7) is 

proportional to the variation of the density of micro 

cracks. 

     
       
   

                   
(7) 

 

X-ray refraction analysis detects inner surfaces 

depending on their orientation relative to the 

collimation plane of the X-ray (Fig. 3 and 6). Hence, 

the rotation of the sample in the collimated X-ray 

beam provides information about the orientation of 

the inner surfaces (Fig. 3). In undamaged test 

specimens, the averaged fibre orientation over the 

thickness is measured [11]. Based on these 

measurements, the orientation of damages in 

damaged specimens can be determined by X-ray 

scanning at different angles relative to the 

collimation plane. 

The axially loaded test specimens were scanned with 

the axis of the specimen and the load direction being 

orientated parallel (0°) or perpendicular (90°) with 

respect to the collimation plane. 

The torsion loaded test specimens are additionally 

scanned at the diagonal orientations 45° and -45°. 

(Fig. 7) 

 

6 Results and Discussion 

This chapter shows experimental results on the 

damage behaviour of axially and torsionally loaded 

tube specimen from short fibre reinforced 

polyamide. 

 

6.1 Damage evolution under static loading 

The damage accumulation resulting from static 

tensile load is shown in the figures 8 and 9. Both the 

0°-scan and the 90°-scan show a progressive 

increase of micro crack density. At the maximum 

value of refraction, the maximum of micro crack 

density is reached and failure occurs. With respect to 

non-linear elastic strain (eq. 8), the accumulation of 

the micro crack density increases linear (Fig 9).  

 

                                       
 

                      
 

 
 

 

(8) 

The degree of damage that is measured in the 90°-

scan is six times higher as compared to the 0°-scan. 

In the 90°-scan, inner surfaces orientated vertically 

to the tensile load direction and the preferred 

orientation of fibres are detected. In tensile tests, 

matrix micro cracking occurs vertically to the load 

direction which is even visible in stress whitening. 

Due to the high fibre orientation in axial direction, 

the increase of micro cracking detected in the 0°-

scan is mostly caused by fibre-matrix debonding. 

 

Regarding the static torsion load, (Fig. 10) the 90°-

scan increases progressively whereas the 45°- and 

the -45°-scan increase regressively over shear strain. 

No relevant changes in refraction value are 

measured in the 0°-scan which indicates that static 

torsional loading along the z-axis does not cause 

fibre matrix debonding on fibres oriented in the z-

direction. 

Looking at the micro crack density as a function of 

the non-linear elastic shear strain (eq. 9) (Fig. 11), 

the 90°-scan shows a linear correlation whereas the 

micro crack densities in the ±45°-scans increase 

regressively. There is a linear correlation between 

the shear stress and the variation of micro crack 

densities measured in the ±45°-scans. 

 

                      
 

 
 

 

(9) 

A comparison of the damage accumulation in static 

tensile and torsion tests shows a progressive increase 

of the micro crack density in the 90°-scans, vertical 

to the principal direction of the fibres. 

In conclusion, the matrix micro cracking starting at 

the end faces of the fibres seems to be a leading 

damage phenomenon. 

 

6.2 Damage evolution under fatigue loading 

In the axial fatigue test (R = 0.1) at a load level of 

0.65, failure occurs after 150000 cycles. The torsion 

fatigue test (R = 0.1, σO/σf = 0.75) reaches 525000 

cycles. 

Regarding the evolution of the micro crack density 

over load cycles, the 0°-, the 90°- and the 45°-scans 
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increase regressively. The 90°-scans, detecting inner 

surfaces with a vertical orientation to the principle 

direction of the fibres, posses the major growth in 

the micro crack density. As a result, the matrix 

micro cracking with a vertical orientation to the 

principle direction of the fibres even dominates the 

damage evolution of tension and torsion fatigue 

tests. 

 

7 Conclusion 

The evolution of the micro crack density caused by 

axial and torsion static and fatigue tests was 

analysed by X-ray refractometry. By scanning 

different orientations, (Fig. 7) micro mechanical 

damage effects were evaluated. Furthermore, it 

becomes clear that matrix micro cracking vertically 

aligned to the principle orientation of the fibres is a 

leading damage phenomenon under axial as well as 

torsion static and fatigue loadings.   

Due to the high degree of fibre orientation in the 

axial specimen direction, the directional scans allow 

for a first estimation of the damage mechanisms 

fibre matrix debonding and matrix micro cracking. 

A precise separation of these phenomena is 

introduced by GÜNZEL [1] for axially loaded short 

fibre reinforced polyamide flat specimens. 

In the next step, a model which separates these 

damage mechanisms with regard to the fibre 

orientation distribution and the load direction is 

going to be developed. 
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Fig. 1 Damage mechanisms: Fibre-matrix debonding, 

matrix micro cracking and fibre fracture. 

 

Fig. 2 Experimental set up of small angle X-ray 

scattering 

fibre-matrix 

debonding 

fibre fracture 

matrix micro 

cracking 
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Fig. 3 Configurations in composites effecting X-ray 

refraction 

 

Fig. 4 Tube specimen 

 

Fig. 5 Variation of Young’s modulus Ez according to 

the injection point 

 

Fig. 6 Rotational X-ray refraction: The detected 

refraction intensity depends on the orientation of the 

surface 

 

Fig. 7 X-ray refraction: Scanning directions 
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Fig. 8 Damage in static tensile test 

 

Fig. 9 Damage in static tensile test: Increase of the 

refraction value ΔCm as a function of the non-linear 

elastic axial strain εz, nle 

 

Fig. 10 Damage in static torsion test 

 

Fig. 11 Damage in static torsion test: Increase of 

refraction value ΔCm as a function of non-linear elastic 

shear strain γφz, nle 
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Fig. 12 Damage in static torsion test: Increase of 

refraction value ΔCm as a function of shear stress τφz 

 

Fig. 13 Damage in tensile fatigue test: Increase of 

refraction value ΔCm over load cycles 

 

Fig. 14 Damage in torsion fatigue test 

 

 

References 

[1] S. Günzel “Zur quantitativen Analyse des 

Schädigungsverhaltens eines kurzglasfaserverstärkten 

Polyamids unter mechanischer Belastung mittels 

Röntgen-Refraktionsanalyse, Bruchmechanik und 

Fraktographie”. Dissertation, TU-Berlin, 2012. 

[2] V. Trappe, S. Günzel and S. Hickmann “Non-

destructive evaluation of micro cracking in short fibre 

reinforced thermoplastics with X-ray refraction”. 17
th 

Int. Conf. on Composite Materials, Edinburgh, 2009 

[3] V. Trappe, S. Günzel, J. Goebbels „Modelling the 

damage behaviour of short fibre reinforced 

composites using a non-destructively evaluated fibre 

orientation distrubution and micro cracking“. 15
th
  

European Conference on Composite Materials, 

Venice, 2012 

[4] M.P. Hentschel, D. Ekenhorst, K.-W. Harbich, A. 

Lange „Mechanische Eigenschaften von Verbund-

werkstoffen mittels Röntgen-Refraktometrie bestim-

men“. DGZfP-DACH-Jahrestagung, Lindau, 1996 

[5] M.P. Hentschel et al. „Röntgenkleinwinkelbrechung 

an Metalldrähten, Glasfäden und hartelastischem 

Polypropylen“. Acta Cryst., A43, pp 506-5013, 1987. 

 

0

10

20

30

40

50

0 10 20 30 40 50 60 70

v
ar

ia
ti

o
n
 o

f 
re

fr
ac

ti
o

n
 v

al
u
e 

Δ
C

m
 [

%
] 

shear stress τφz [MPa] 

ΔCm (90°) ΔCm (45°) 

ΔCm (-45°) Fit ΔCm (-45°) 

Fit ΔCm (45°) Fit ΔCm (±45°) 

Fit ΔCm (90°) 

0

20

40

60

80

100

120

0 0,2 0,4 0,6 0,8 1

v
ar

ia
ti

o
n
 o

f 
re

fr
ac

ti
o

n
 v

al
u
e 

Δ
C

m
 [

%
] 

cycles/cycles to failure N/Nf [-] 

ΔCm (0°) ΔCm (90°) 

Fit ΔCm (0°) Fit ΔCm (90°) 

load ratio R=0,1 

load level σO/σf =0,65 

0

10

20

30

40

50

60

70

80

0 0,2 0,4 0,6 0,8 1

v
ar

ia
ti

o
n
 o

f 
re

fr
ac

ti
o

n
 v

al
u
e 

Δ
C

m
 [

%
] 

cycles/cycles to failure N/Nf [-] 

ΔCm (0°) ΔCm (90°) 

ΔCm (45°) ΔCm (-45°) 

Fit ΔCm (0°) Fit ΔCm (90°) 

Fit ΔCm (45°) 

load ratio R=0,1 

load level τO/τf =0,75 

ICCM19 5732



 

9  

Multiaxially loaded short fibre polyamide: A contribution to non-destructive evaluation of micro cracking and damage evolution 

[6] M.P. Hentschel, K.-W. Harbich and A. Lange “Non-

destructive evaluation of single fibre debonding in 

composites by X-ray refraction”. NDT&E 

International, Vol. 27, No. 5, pp 275-280, 1994. 

[7] V.Trappe, S. Hickmann, H. Sturm „Evaluation of 

inter fibre fracture in textile glass fibre composites by 

X-ray refraction“. Materialprüfung, Vol.50, No.10, 

pp615-622, 2008. 

[8] H.-V. Rudolph, M.P. Hentschel, H. Ivers „Damage 

accumulation in short fiber reinforced thermoplast by 

X-ray refraction“. e-Journal on Nondestructive 

Testing, Vol. 7, No. 12,2002 

[9] K.-W. Harbich, A.Lange, M.P. Hentschel „Röntgen-

Rotations-Refraktometrie“. Materialprüfung, Vol.37, 

pp 19-21,1995 

[10] K. Kose and A. Zeiser “On the problem of generating 

reliable material data of SFRPS for structural 

simulations”. ECCM15 – 15
th
 European Conference 

on Composite Materials, Venice, 2012 

[11] M.P. Hentschel, A. Lange, K.-W. Harbich, D. 

Ekenhorst and J. Schors “Röntgentopie der Faser- 

und Polymerorientierung”. Materialprüfung, Vol. 39, 

No.4, pp 121-123, 1997. 

 

 

ICCM19 5733



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

Laminated composite materials are widely used for 

modern aeronautical structures. Over the last decade, 

design and manufacturing of large one-shot panels, 

such as wing-skin panels, has received a growing 

attention from structural designers. Detailed design 

of a large composite structure is usually based on the 

subdivision of the global problem into local panel 

design problems. The subdivision results from 

higher design levels and is not meant to be called 

into question at lower design levels. The mass of the 

structure can be minimized by tailoring the thickness 

and lay-ups of each panel to the local load 

distribution. For straight-fiber laminates, thickness 

variations between panels are achieved by adding or 

terminating plies. Continuity of the plies has to be 

preserved to obtain one-shot manufacturable 

structures and avoid stacking sequence mismatch 

between adjacent panels. The design of laminated 

structures with ply-drops is commonly referred to as 

blending. A review concerning laminate blending 

optimization can be found in [1].  

 

Only very few design guidelines are considered in 

the literature. In the present work a method for 

laminate blending optimization is proposed, which is 

able to handle a rich set of design guidelines aimed 

at preventing unwanted coupled behaviors and 

damage mechanisms too complex to be captured by 

the model. Industrial design guidelines for 

composite structures with ply-drops are summarized 

in Section 2. Section 3 provides background on 

blending and introduces the concept of Stacking 

Sequence Tables (SSTs). Next, an Evolutionary 

Algorithm (EA) is specialized for SST-based 

blending optimization in Section 4. Finally, the 

results obtained for an 18-panel benchmark from the 

literature are compared and discussed in Section 5. 

2 Design guidelines 

Laminate design starts by selecting the set of ply 

angles relevant to a given application. Due to 

manufacturing constraints, the allowed ply 

orientations are reduced to a discrete set of angles 

such as {0°, ±15°, ±30°, ±45°, ±60°, ±75°, 90°}. 

Once the angles are selected, the total number of 

plies and proportion of each orientation in the 

laminate are set and a stacking sequence is chosen. 

Additionally, when designing structures comprising 

several zones of different thicknesses, thickness 

variations are obtained by dropping plies at specific 

locations. For both laminate stacking sequence 

design and ply-drop design, numerous guidelines 

apply, based on industry past experience from test 

and analysis. A more detailed discussion about 

design guidelines and their justification is provided 

in [2, 3]. 

 

Six laminate design guidelines are considered as a 

basis for the design of the stacking sequences of 

most composite structures in aerospace industry. 

1. Symmetry. Stacking sequences have to be 

symmetric about the mid-plane. 

2. Balance. Stacking sequences have to be 

balanced, with the same number of +θ° and −θ° 

plies (with θ different from 0 and 90). 

3. Contiguity. No more than a given number of 

plies of the same orientation should be stacked 

together. The limit is set here to two plies. 

4. Disorientation. The difference between the 

orientations of two consecutive plies should not 

exceed 45°. 

5. 10%-rule. A minimum of 10% of plies in each 

of the 0°, ±45° and 90° directions is required. 

Here, to allow for other ply orientations, this 

rule is transposed in terms of a minimal in-plane 
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stiffness requirement in all directions, as 

proposed by Abdalla et al. [4]. 

6. Damtol. No 0°-ply should be placed on the 

lower and upper surfaces of the laminate. 

 

Symmetry and balance guidelines aim at avoiding 

respectively shear-extension and membrane-bending 

coupled behaviors. The other rules are beneficial to 

the strength of the structure. They aim at avoiding 

matrix dominated behaviors (10%-rule) and possible 

strength problem due to unwanted failure modes 

such as free-edge delamination (disorientation) or 

propagation of transverse matrix cracking 

(contiguity). With primary load carrying plies 

shielded from the exposed surface of the laminates 

(damtol), the effect on strength of exterior scratches 

or surface ply delamination is reduced. 

 

The ply-drop design guidelines aim on the one hand 

at avoiding delamination at ply-drop location and, 

on the other hand, at obtaining ply layouts that can 

actually be manufactured. 

7. Covering. Covering plies on the lower and upper 

surfaces of the laminate should not be dropped. 

8. Maximum taper slope. The taper angle should 

not exceed 7°, i.e. the minimal stagger distance 

is about eight times the thickness of the dropped 

plies. 

9. Max-stopping. No more than two plies should be 

stopped at the same location. 

10. Internal continuity. A continuous ply should be 

kept every three consecutive dropped plies. 

11. Ply-drop alternation. Ply-drops should be 

located alternately close and far from the mid-

surface of the laminate. 

12. Taper guidelines. All laminates in the taper 

section should respect to the maximum possible 

extend the laminate design guidelines. 

The schematic of a 4 ply-drop transition zone is 

shown in Fig. 1. 

 

All the above guidelines are local in the sense that 

they apply to the design of each individual panel of 

the structure, or each ply-drop. However, the design 

of a variable-thickness composite structure also has 

to fulfill two global requirements. 

13. Continuity. This requirement aims at ensuring 

structural integrity and manufacturability of the 

structure. All plies from the thinner panel must 

cover the whole structure. Ply orientation 

mismatches between adjacent panels are not 

allowed, i.e. cutting plies between two panels to 

change their orientations is not allowed. 

14. Δn-rule. The second requirement specifies a 

maximum number of ply-drops Δn between 

adjacent zones. Indeed, constraining the 

thickness variation between adjacent zones can 

help to smooth the load distribution over the 

structure and avoid high stress concentrations at 

dropped plies, especially interlaminar stresses. 

3 Blending of laminates and stacking sequence 

tables 

3.1 Laminate blending 

The continuity requirement is commonly referred to 

as the blending constraint in the composite 

optimization literature. The term blending was first 

introduced by Kristinsdottir et al. in 2001 [5]. In 

their work, each ply emanates from a key region and 

may cover any number of adjacent regions. Once a 

ply is dropped, it is not allowed to be added back in 

the structure. The authors named this way of 

consistently dropping plies from the most loaded 

region the greater-than-or-equal-to blending rule. 

The method leads to highly constrained problems 

with many variables. Liu et al. [6] investigated the 

use of inequality constraints to enforce stacking 

sequence continuity, thus obtaining trade-offs 

between structural continuity and mass. Much 

smaller weight penalty for perfectly blended 

solutions were obtained by Soremekun et al. [7] 

using an approach based on sublaminates. 

 

The most successful definition up to now originates 

from Adams et al. [8] in which the authors introduce 

the concept of guide-based blending. A guiding 

stack is defined from which all laminates in the 

structure are obtained by deleting contiguous series 

of plies. In case of inner blending, the innermost 

plies are dropped whereas in case of outer blending, 

the outermost plies are dropped. The main asset of 

the method is that blending is enforced without 

adding any constraint into the optimization problem 

while adding only one variable per region of the 
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structure, representing the number of plies dropped 

from the guide. However, contiguity of the deletions 

narrows the design space since the position and 

order of the ply-drops can not be optimized. 

Another worth mentioning approach is the patch 

concept proposed by Zehnder and Ermanni [9] and 

further used and developed in [10, 11]. In this 

approach, a patch is a layer of arbitrary shape that 

can be positioned anywhere over the structure. At 

any point of the structure, the stacking sequence is 

defined by the order and orientations of the patches. 

The patch concept is very appealing in the sense that 

the parameterization directly derives from the 

physical composition of laminated structures and 

does not narrow the design space. However the large 

number of degrees of freedom offered by the method 

makes engineering problems difficult to solve. 

Additionally, optimization of the shape and size of 

the constitutive regions of the structure is out of the 

scope of this paper. 

3.2 Stacking sequence tables 

In all the studies mentioned above, the set of design 

guidelines handled is restricted to the continuity, 

symmetry and balance guidelines. In this paper, we 

introduce the Stacking Sequence Table (SST) as a 

convenient tool to handle the full set of guidelines 

listed in Section 2. The SST originates in composite 

panels manufacturing practice from aeronautical 

industry. A SST describes a unique laminate for 

each number of plies between a lower bound nmin 

and an upper bound nmax. Fig. 2 shows a SST 

ranging from a 12-ply laminate (nmin = 12) to a 16-

ply laminate (nmax = 16). Plies are added one by one 

from the thinner laminate to the thicker one (in the 

right-hand column of the table). Thus, plies from the 

thinner laminate spread over the whole structure and 

ensure its continuity. For a given structure and a 

given distribution of numbers of plies over its 

constitutive regions, the laminate associated to each 

region can be read in the SST based on its number of 

plies. The laminates in the transition zone between 

two regions of different thicknesses are also 

described in the SST. The SST describes general 

thickness distributions, not only monotonously 

varying thicknesses: once the thickness of a region is 

set, the associated laminate is read from the SST 

which can therefore be read in any order. 

 

Compared to the guide-based blending as proposed 

in [8], the SST contains additional information 

consisting in the order of the ply-drops. Thus, the 

notion of SST encompasses the classical guide-

based blending by providing a more detailed 

description of the layout of the plies over the 

structure and affording more freedom to define 

which plies to drop. Additionally, satisfaction of the 

ply-drop design guidelines can be assessed based on 

the SST. The SST of Fig. 2 is compatible with the 

unidirectional taper zone presented in Fig. 1.  

4. Evolutionary optimization of stacking sequence 

tables 

In the following, an Evolutionary Algorithm (EA) is 

specialized for laminate blending optimization using 

SST. Reviews about the use of EA for stacking 

sequence optimization of composite structures can 

be found in [1, 12]. The Pareto multiobjective EA 

used in the present study is based on previous work 

by Irisarri et al. [13, 14].  

4.1. Encoding 

The algorithm is specialized for combined thickness 

and laminate blending optimization, using an 

encoding based on stacking sequence tables (SST). 

Applying the metaphorical terminology of EAs to 

the laminate blending problem, the phenotype is a 

decoded design which consists of the set of r 

laminates corresponding to the r regions of the 

panel. Additionally, the complete phenotype must 

also define the ply-drops between zones of different 

thickness. The phenotype of a blended solution can 

be conveniently represented by a SST and the 

distribution of the numbers of plies over the 

structure. The thickness of the ply, the number r of 

regions of the panel, their numbering and 

connectivity are fixed parameters of the problem.  

 

The genotype encodes the solution in vectors called 

chromosomes. In this work, a three-chromosome 

genotype is proposed. Two chromosomes are 

devoted to the SST and one to the thickness 

distribution over the structure. 

i. Chromosome SSTlam represents the stacking 

sequence of the thickest laminate of the SST. 

SSTlam is an integer vector of length nmax. 

ii. Chromosome SSTins contains the rank of 

insertion of the plies from the thinner laminate 
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to the thicker one. SSTins is an integer vector of 

length nmax. The first ply introduced is given 

rank 1, the second ply rank 2 and so on. Plies 

from the thinner laminate are given rank 0. 

Thus, the vector contains nmin zero values. 

iii. Chromosome Nstr represents the distribution of 

the numbers of plies over the structure. It is an 

integer vector of length r.  

Tab. 1 shows the genotype of the 2-region structure 

described in Fig. 1. The symmetry guideline allows 

encoding half of the SST only. 

 

It is most likely that during the optimization a 

solution is generated such that the values contained 

in Nstr cover only a part of the interval [nmin, nmax]. 

For such a solution, part of the genotype is non-

coding. Thus, several genotypes can exist that 

encode the same phenotype. Non-coding genes are 

not a common feature for composite structure 

optimization algorithms. Nevertheless they have 

been extensively studied in the field of evolutionary 

computing. Wu and Lindsay [15] show that 

including non-coding segments in a GA can improve 

its performance and stability. In the present work 

however, the proposed EA significantly differs from 

their binary GA so that extension of their 

conclusions to this work is questionable. 

Nonetheless, numerical experiments and the results 

presented in next section show the efficiency of the 

method. 

4.2. Design guidelines handling 

The evolutionary algorithm is implemented so that, 

at each of its step, the encoded solutions, i.e. the 

chromosomes, satisfy the design guidelines. The 

operations of the EA that affect the design 

chromosomes are the initialization of the population 

and the variation operators. These operators are all 

devised according to the same general principle. The 

following steps are repeated, sometimes in a 

recurrent way, until the initialization or variation is 

complete. 

a) Selection of a subset of the optimization 

variables. For example, it can be a one angle 

component of SSTlam, or more generally it can be 

any subset of any chromosomes. 

b) Enumeration of guidelines compatible values. 

Enumerate and store all possible values of the 

optimization variables within this subset that 

satisfy the purpose of the operator and all the 

guidelines. 

c) Random choice. Choose at random, with 

uniform probability, one of the feasible subset of 

optimization variables values and assign it to the 

chromosome. 

4.3. Evolutionary operations for stacking 

sequence tables 

4.3.1. SST Initialization 

Creation of a feasible SST starts from the thinner 

laminate. The procedure for the creation of 

laminates satisfying the laminate design guidelines 

has already been published in [14]. The procedure 

follows the general principle presented in Section 

4.2. It consists of the following steps. a) Variables 

subset order. Symmetrical laminates are created ply-

by-ply from the surface to the mid-plane of the 

laminate. b) Enumeration. Feasible ply orientations 

satisfy the following guidelines for the plies chosen 

so far: symmetry and damtol, contiguity, 

disorientation, and balance. c) Random choice 

within the above set of admissible ply orientations. 

The balance guideline is handled at the overall level 

of the laminate, taking into account that any created 

θ°-ply (with θ different from 0 or 90) has to be 

balanced by a −θ°-ply before the end of the stack. 

 

Once the thinner laminate is chosen, the SST is built 

as follows (see Fig. 3). i) Variables subset order. 

Plies are added one-by-one until the maximum 

number of plies in the SST nmax is reached, thus 

building the SST column by column from the 

thinner laminate to the thicker one. First SSTins is 

considered, then SSTlam. ii) Enumeration and choice 

for SSTins. The position of each added ply is drawn 

with uniform probability in the set of admissible 

positions defined by the ply-drop design guidelines 

applied on the portion of SST defined so far. The k-

th ply added is attributed value k in chromosome 

SSTins. The position of the corresponding term in 

SSTins corresponds to the final position of the ply in 

the right-hand column of the SST. (iii) Enumeration 

and choice for SSTlam. The orientation of the ply is 

drawn with uniform probability in the set of 

admissible angles defined by the laminate design 

guidelines applied on the thickest laminate defined 

so far. 
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The following guidelines are applied: covering, 

internal continuity, taper guidelines, i.e. symmetry, 

balance, contiguity and disorientation, and ply-drop 

alternation (see Section 2). The continuity 

requirement is satisfied by construction of the SST. 

The maximum taper slope rule and the max-stopping 

rule apply to the detailed representation of the 

solutions rather than the optimization process and 

are not taken into account here. Damtol is 

automatically enforced through the covering rule. 

Adding plies one by one in the SST necessarily 

generates unsymmetrical and/or unbalanced 

laminates. If a 0°-ply or a 90°-ply is added to a 

symmetrical laminate, the next ply added 

reestablishes symmetry. If θ is different from 0 and 

90, symmetry is restored first, then balance. In the 

first case, a cycle of length 2 is formed, in the 

second case, a cycle of length 4. Such cycles are 

called SB-cycles and used to modify SSTs in the 

following. 

 

4.3.2. SST Mutation 

The mutation operator for SSTs modifies 

chromosome SSTlam or SSTins with equal probability. 

The mutation operator for SSTlam modifies the 

orientation of a pair of ± θ°-plies or a couple of plies 

of orientation 0° or 90°. The new orientation is 

randomly chosen in a set of feasible orientations that 

depends on the orientations of the neighboring plies 

in the SST and the contiguity and disorientation 

guidelines. Fig. 4 shows an example of mutation of 

chromosome SSTlam and the corresponding variation 

of the SST. 

 

The mutation operator for chromosome SSTins 

permutes the order of insertion of two SB-cycles. 

The permutation is illustrated in Fig. 5. In the figure, 

cycles are identified with Roman numerals. Cycles I 

and II are permuted to generate a new solution. The 

corresponding variation of SSTins is shown in the 

figure. The operator is applied to the same example 

of SST as in Fig. 4. 

 

4.3.3. SST recombination 

The recombination operator developed in this work 

consists of a crossover operation followed by a 

repair operation. The crossover operator exchanges 

same-length balanced sublaminates between the 

thinner laminates of the parent solutions. The 

respective position of the two sublaminates within 

chromosome SSTlam can differ, as shown in Fig. 6. 

Offspring SSTs are scanned from the thinner 

laminate to the thicker one for violation of the 

contiguity and disorientation guidelines. Unfeasible 

SSTs are cut before their first unfeasible column. 

The remaining columns are regenerated using the 

procedure described in Section 4.3.1.  

4.4. Evolutionary operations for thickness 

distribution 

The only guideline applying to chromosome Nstr is 

the Δn-rule which defines a maximum difference Δn 

between the number of plies of contiguous zones. 

Contiguity between zones is defined by a r-by-r 

array of connectivity which is a fixed parameter of 

the problem. Feasible instances of Nstr are created by 

random generation of uniform distributions of 

number of plies over the structure. 

 

The mutation operator modifies the number of plies 

associated to a region i. The new number of plies in 

region i is randomly selected in the set of admissible 

values which are defined by nmin, nmax, Δn and the 

number of plies of the regions connected to region i.  

 

A 2-point crossover is used to exchange sequences 

of genes between the two parent chromosomes. A 

preliminary scan is performed to identify which 

genes can be exchanged with respect to the Δn-rule. 

Contiguous sequences formed of these genes are 

exchanged only. 

 

The proposed encoding and the corresponding 

operator maintain a complete separation between the 

thickness distribution and the SST. Nevertheless, the 

notion of SB-cycles calls for a comment. Allowing 

the number of plies per panel to take any value in the 

range nmin to nmax would result in designs composed 

of unsymmetrical or unbalanced laminates or both. 

Forcing the optimizer to drop full cycles restricts the 

search to designs composed of symmetrical and 

balanced panels only. In order to preserve separation 

between the thickness distribution and the SST, 

Chromosome Nstr is interpreted and repaired prior to 

the evaluation of the solution. The chromosome is 

not altered by this process, which does not penalize 

the overall mass of the population of designs. The 

method is inspired by the recessive gene like repair 

strategy proposed by Todoroki and Haftka [16]. The 

SST is scanned for symmetrical and balanced 
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laminates resulting in a set of admissible ply 

numbers. The genes of Nstr are interpreted to the 

nearest admissible ply number. In case of violation 

of the Δn-rule due to the decoding process, the new 

thickness distribution is repaired by iteratively 

forcing the number of plies of the thinnest non-

feasible region to the upper admissible number of 

plies until a satisfactory distribution is obtained. The 

overall process is deterministic so that a 

chromosome can only be interpreted in a single way. 

5. Results 

The test problem consists of 18 panels in a 

horseshoe configuration (r = 18), as shown in Fig. 7. 

The problem was proposed by Soremekun et al. [7] 

and subsequently examined in [8, 17, 18]. The 

dimensions of the panels and the local loadings are 

given in the figure. The loads are assumed to be 

fixed. All panels are assumed to be simply supported 

on their four edges. nmin is set to 14 and nmax is set to 

48. A Graphite/Epoxy IM7/8552 material is used 

with E1 = 141 GPa (20.5 Msi), E2 = 9.03 GPa (1.31 

Msi), G12 = 4.27. GPa (0.62 Msi) and ν12 = 0.32. 

Ply thickness is 0.191 mm (0.0075 inch). Ply 

orientations are restricted to 0°, ±15°, ±30°, ±45°, 

±60°, ±75° and 90°. The objective is to find a fully 

blended design that minimizes the mass of the 

structure without individual panel failure under 

buckling. The minimal buckling factor over the 

individual panels is called Reserve Factor and noted 

RF in the following. Buckling analysis is performed 

using a closed form solution, as in [7].  

 

In the present work, the problem is stated as follows: 

minimize the total mass of the structure and 

maximize the reserve factor under the constraint that 

no individual panel fails under buckling (RF > 1). 

Ply-drop design guidelines and global design 

guidelines (see Section 2) are enforced. The problem 

is first solved for symmetrical laminates, then with 

all laminate design guidelines enforced. The 

parameters of the EA are given in Tab. 2. The 

algorithm is implemented in MATLAB. The 

termination criterion corresponds to a maximum 

number of generations. 

 

It should be pointed out that, although load 

redistribution is not taken into account here, the 

proposed method presents no intrinsic limitation in 

that regard. FE modeling is required to assess load 

redistributions in complex structures which raises 

the problem of the calculation costs. A two-step 

design method, as in [18], or response surface 

methods, as in [14], may be needed to circumvent 

the difficulty. 

5.1. Case 1: symmetrical laminates 

Fig. 8a presents the solutions obtained during a 

single optimization run. The x-axis corresponds to 

the reserve factor of the structure and the y-axis to 

its normalized mass. The reference mass m0 is 28.63 

kg and corresponds to the lightest blended design 

found by Adams et al. in [8] using symmetrical 

laminates but no forced balanced condition. The 

buckling margin of this solution is null. To allow for 

a fair comparison with the results obtained by 

Adams, the only laminate design guidelines enforced 

here are symmetry and balance. However, the 

solutions are not repaired for the balanced guideline, 

thus the laminates can present up to 2 unbalanced 

plies. Δn is set to 20, so that the corresponding 

constraint is inactive along the obtained non-

dominated front. Initial solutions are marked with a 

green square. Feasible and unfeasible solutions are 

identified in the figure, depending on whether they 

satisfy or not the constraint RF > 1. The obtained 

non-dominated solutions are shown in red in the 

figure. These solutions correspond to the best trade-

offs between the objectives of the problem. It is 

interesting to note that the corresponding front is 

roughly linear with 0.25 slope. Thus, a 10% increase 

of the RF of the structure is approximately 

counterbalanced by a 2.5% increase in mass. 

 

Fig. 8b shows the evolution of the mass of the 

lightest feasible solution during the search for 5 runs 

of the EA. The computational time for a single run 

on a regular laptop is about 40 minutes. After 2000 

generations, all 5 runs return solutions weighting 

less than 30 kg (about 1.05 × m0). Convergence to 

the lightest solution is achieved after 4000 

generations with very good reproducibility. All 5 

curves are less than 29 kg (about 1.015 × m0). The 

lightest feasible design encountered (Solution 0) 

outperforms the reference solution with a slightly 

lower total mass of 28.55 kg but clearly superior 

buckling margin of 2.9%. The performances of 

Solution 0 are detailed in Tab. 3 and compared with 

the reference design from [8]. The genotype of the 

solution is given in Tab. 4. 
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5.2. Case 2: all design guidelines 

Fig. 9 presents the results obtained in the case that 

all laminate design guidelines are enforced. The 

solutions are repaired for both symmetry and 

balanced guidelines. Fig. 9a presents the solutions of 

a single optimization run. Feasible and unfeasible 

solutions are identified in the figure, depending on 

whether they satisfy or not the two constraints (10%-

rule and RF > 1). The computational time for a 

single run on a regular laptop is about 1 hour in this 

case, due to the increased complexity of the 

constraints and guidelines. Convergence to the 

lightest solution is examined in Fig. 9b over 5 runs. 

After 2000 generations, all 5 curves are less than 30 

kg (about 1.05 × m0). After 4000 generations, the 

lightest feasible solutions are reached for 4 runs over 

5. All curves are less than 29.3 kg (about 1.023 × 

m0). Compared to the results shown in Fig. 8 the EA 

behaves similarly. Analysis of the whole non-

dominated fronts shows that, for each run, the front 

after 2000 generations is already very close to the 

final non-dominated set. The EA achieves very good 

exploration of the decision space during the first part 

of the search. During the next generations, it is 

mostly the density and the distribution of the 

solutions along the non-dominated front that are 

improved. 

 

The lightest feasible solution obtained compares 

very well with the best designs published by other 

authors. Seresta et al. [17] report an innerly blended 

design composed of symmetrical and balanced 

laminates with a mass of 28.82 kg and a 1% 

buckling margin. The lightest solution (Solution 1) 

found in the present work weights 28.85 kg and 

presents a buckling margin of 6.8%. The 

performances of the solution are detailed in Table 5. 

The corresponding genotype is given in Table 6.  

6. Conclusions 

This paper introduces the concept of stacking 

sequence table (SST) for the optimal design of 

laminated composite structures with ply drops. The 

SST describes the sequence of ply-drops ensuring 

the transition between a thick guide laminate and a 

thinner one. A blended design is represented by a 

SST combined with a thickness distribution over the 

regions of the structure. An evolutionary algorithm 

is specialized to operate on that representation of the 

solutions. 

 

SST-based blending encompasses the classical 

guide-based blending while affording more freedom 

to define which ply to drop. Optimization of the 

position and order of the ply-drops enables 

satisfying design guidelines that were discarded in 

previous studies. An extensive set of design 

guidelines representative of the actual industrial 

requirements has been introduced. The laminate 

design guidelines aim at preventing unwanted 

coupled behaviors, matrix dominated behaviors or 

premature failure modes in the panels. The ply-drop 

design guidelines aim at avoiding delamination at 

ply-drop location and obtaining ply layouts that can 

actually be manufactured. The global requirements 

aim at ensuring ply continuity and smooth load 

redistribution over the structure. Accounting for the 

guidelines in the optimization is possible by devising 

specific evolutionary operators. A clear distinction is 

made between guidelines and other constraints such 

as buckling. Guidelines are enforced by construction 

of the solutions whereas constraints are incorporated 

to the objectives of the optimization through penalty 

functions. 

 

The method is applied to a benchmark problem from 

the literature with convincing results. The EA shows 

satisfactory convergence rate and very good 

reproducibility over successive runs. The lightest 

designs obtained outperform all published solutions 

while satisfying many more design guidelines. In 

particular, the present results show that strength-

related guidelines can be enforced without 

significantly penalizing the stiffness behavior and 

consequently the mass of the structure. 
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Fig. 1. A taper section with four internal ply-drops. 

 

 

Fig. 2. SST with four internal ply drops (nmin = 12 

and nmax =16). Full view and condensed view using 

symmetry. The number of plies of the laminates are 

indicated over the corresponding columns. 
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Fig. 3. Creation of a SST. Plies are added one by one 

to create the SST on the right-hand side of the figure. 

The orientation of the first ply added is chosen in the 

set {0°, ±45°, 90°}. 0° and +45° are forbidden by the 

disorientation guideline. A 90°-ply is drawn in the 

set of the remaining admissible values. A second 

90°-ply is then added to recover symmetry. 

 

 

 

Fig. 4. Mutation of chromosome SSTlam and 

corresponding variation of the SST. 

 

 

 

Fig. 5. Permutation within chromosome SSTins and 

corresponding variation of the SST. SB-cycles are 

numbered with Roman numerals. Cycles II and III 

are permuted. 

 

 

 

 

 

 

Fig. 6. Crossover operator. Same length balanced 

sublaminates are exchanged between the thinner 

laminates of the parent solutions. Plies 5 and 6 of 

modified solution 2 do not satisfy the disorientation 

guidelines. 

 

 

 

 

 

Fig. 7. 18-panel test problem [7, 18], all loads in 

lbf/in (×175.1 for N/m).  
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Fig. 8. Results of the optimization of the 18-panel test problem using symmetrical laminates. a) Solutions 

obtained during a single optimization run (1 generation every 20 is represented only). b) Convergence of the EA 

over 5 runs. The curve represented with a thick continuous line corresponds to a). 

 

 

 

Fig. 9. Results of the optimization of the 18-panel test problem, all guidelines are enforced. a) Solutions 

obtained during a single optimization run (1 generation every 20 is represented only). b) Convergence of the EA 

over 5 runs. The curve represented with a thick continuous line corresponds to a). 

 

a) b) 

a) b) 
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Nstr [16 12] 

SSTlam [45 90 -45 0 -45 0 45 90] 

SSTins [0 0 0 2 0 0 0 1] 

Tab. 1. A genotype corresponding to the 2-region 

structure described in Fig. 1 (nmin = 12 and nmax = 16). 

 

Parameter Value 

Population size 30 

Archive population size 120 

Number of generations 8000 

Probability of crossover Pc 0.3 

Probability of mutation Pm 0.9 

Tab.2. Parameters of the evolutionary algorithm. 

 

Panel Solution 0 Adams et al. [8] 

n Margin (%) n Margin (%) 

1 

2 

3 

4 

5 

6 

7 

8 

9 

10 

11 

12 

13 

14 

15 

16 

17 

18 

34  (0) 

28  (0) 

22  (0) 

19  (1) 

16  (0) 

22  (0) 

19  (1) 

26  (0) 

38  (0) 

35 (-1) 

30  (0) 

28  (0) 

22  (0) 

19  (1) 

26  (0) 

32 (-6) 

19  (1) 

24  (2) 

16.6 

3.7   

14.5  

7.7 

6.5 

2.9 

4.3 

9.6 

4.8 

4.5 

10.3 

3.3 

7.8 

14.3 

6.2 

7.9 

5.8 

20.5 

34 

28 

22 

18 

16 

22 

18 

26 

38 

36 

30 

28 

22 

18 

26 

38 

18 

22 

15.3 

0.5 

21.8 

3.8 

20.4 

9.5 

0.5 

11.0 

4.2 

12.9 

8.2 

0.0 

14.6 

10.1 

7.6 

78.1 

2.0 

-0.7 

Tab. 3. Result comparison for symmetrical 

laminates. Differences of numbers of plies per panels 

are marked between brackets. The buckling margin is 

equal to 100×(λ−1) in percents. Negative buckling 

margin indicates failed panel. 

 

 

 

 

 

 

 

 

 

Solution 0. Mass: 28.55 kg. RF = 1.029 (panel 6) 

Nstr [34 28 22 19 16 22 19 26 38 35 30 28 22 19 26 

 32 19 24] 

SSTlam [-45 30 45 45 -30 45 -45 60 30 30 -30 45 45  

 -45 -30 -45 -30 30 -45 -60 15 0 0 -15] 

SSTins [0 15 5 0 6 9 8 0 12 7 14 0 2 4 13 0 16 17 1 0 

 10 3 0 11] 

Tab. 4. Genotype of Solution 0. 

 

Panel Solution 1 Seresta et al. [17] 

n Margin (%) n Margin (%) 

1 

2 

3 

4 

5 

6 

7 

8 

9 

10 

11 

12 

13 

14 

15 

16 

17 

18 

34  (0) 

30  (2) 

22  (0) 

18 (-2) 

18  (2) 

22  (0) 

18 (-2) 

26  (0) 

38  (0) 

38  (2) 

30  (0) 

30  (2) 

22  (0) 

18 (-2) 

26  (0) 

30  (0) 

18 (-2) 

22 (-4) 

17.2 

15.9 

36.4 

13.3 

59.3 

22.6 

9.8 

31.9 

6.9 

25.6 

10.0 

27.1 

28.3 

20.2 

27.8 

6.8 

11.3 

11.2 

34   

28 

22   

20  

16   

22   

20  

26   

38   

36   

30   

28   

22   

20  

26   

30   

20  

26 

13.1 

2.3 

12.5 

23.1 

3.7 

1.1 

19.2 

12.3 

1.0 

10.1 

30.6 

1.9 

5.8 

40.6 

8.9 

11.4 

20.9 

51.1 

Tab. 5. Result comparison for symmetrical and 

balanced laminates. Differences of numbers of plies 

per panels are marked between brackets. 

 
Solution 1. Mass: 28.85 kg. RF = 1.068 (panel 16) 

Nstr [35 30 23 19 18 23 19 27 39 38 31 31 23 19 27 

 31 19 23] 

Nstr 

repaired 

[34 30 22 18 18 22 18 26 38 38 30 30 22 18 26 

 30 18 22] 

SSTlam [45 45 60 30 45 30 30 45 90 -45 -30 -45 90 90 

 -45 -45 90 -60 -30 -45 0 -30 0 45] 

SSTins [0 5 2 12 0 10 13 7 0 8 11 6 0 15 3 0 16 1 14 0 

 17 9 0 4] 

Tab. 6. Genotype of Solution 1. Chromosome Nstr is 

repaired for symmetry and balance. Performances of 

the solution are computed based on repaired 

chromosome Nstr. 
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Abstract 

Adaptive structures are designed to modify their 
shape in order to optimize their performances. In this 
work, in order to obtain an adaptive panel that is as 
compact as possible, shape memory alloy wire 
actuators are embedded in a composite laminate. 
When the actuators are heated, their contraction 
bends the laminate.   

This work aims at developing models and 
manufacturing technology applicable to adaptive 
panels actuated by SMA elements embedded into a 
passive composite laminate host structure. It is 
shown that it is possible to model the entire adaptive 
panel with significantly less elements when shell, 
beam and link elements are used instead of 3D solid 
elements. Also, a prototype has been manufactured 
and tested and even if the measurement of the 
actuators’ temperature remains problematic, it is 
shown that the finite element model is able to predict 
accurately the deformed shape of the adaptive panel.   

 

Introduction  

An adaptive panel is a structure that possesses the 
ability to modify its shape according to the 
surrounding conditions to which it is subjected. 
These structures can be used for various applications 
such as antennas [1], mirror shaping [2,3], building 
structures [4], but they are mainly used in aero or 
hydrodynamic applications to improve the global 
efficiency, including drag and weight reduction of 
aircraft wings [5-8], marine propellers [9], helicopter 
blades [10-11] and wind turbines [12].  

In this paper, an adaptive panel has been developed 
to be as compact as possible. For example, the 
morphing wing designed in [5] is actuated by wires 
made of shape memory alloys (SMA) that are 
located inside an experimental wing. Unfortunately, 
the space inside a real wing usually contains 
structural members and fuel tanks. Therefore, it 
would become advantageous to insert the SMA 

wires within the deformable panel similarly to the 
work of [13]. Unfortunately, numerical models 
being able to predict the behaviour of such adaptive 
panels are lacking.   

Indeed, this work aims at developing numerical 
models and manufacturing technology applicable to 
an SMA-driven adaptive panel, which comprises a 
series of active SMA elements embedded into a 
passive composite laminate host structure (Fig. 1). A 
combined use of SMA actuators possessing 
extremely high work-generation potential [14] and 
laminated composites, demonstrating an excellent 
strength-to-weight ratio, should provide several 
benefits.   

 
Fig. 1. Schematization of the adaptive panel. 

Given that a composite laminate can be arranged in 
many different ways and that the aim of this paper is 
to present a design methodology, a particular layout 
is chosen. To facilitate the panel’s bending during 
actuation, the host structure is assumed to be a 
composite laminate made of four uniaxial carbon 
fiber plies that are all oriented in the same direction, 
i.e. perpendicular to the SMA wire actuators. The 
actuators are positioned between the third and fourth 
ply so that when they are heated, they contract and 
create a bending moment in the host panel due to 
their out-of neutral plane location. Also, SMA 
actuators are inserted in polymer tubes called 

ADAPTIVE COMPOSITE PANEL WITH EMBEDDED SMA 
ACTUATORS: DESIGN, MANUFACTURING, TESTING 

 
P. Terriault*, S. Lacasse, C. Simoneau, V. Brailovski 

Mechanical Engineering Department, Ecole de technologie superieure, Montreal, Canada 
* Corresponding author (patrick.terriault@etsmtl.ca) 

 
Keywords: Adaptive panel, Shape memory alloys, Actuator, Carbon fiber reinforced composite, Design 

diagram, Finite element analysis. 

ICCM19 5745



“sheaths” so that they can freely slide inside the host 
structure. The SMA actuators are attached to the 
panel only at their extremities. The sheaths, 
embedded in the host structure during its 
manufacturing, provide two substantial benefits. 
First, the active elements can be easily removed, 
inspected and replaced. Second, the sheath 
electrically isolates the active element from the host 
structure, thus allowing more efficient Joule-heating 
of the actuator and protection from overheating of 
the surrounding laminate [15].   

The first part of the paper presents a preliminary 
design diagram (PDD) that has been used to predict 
the deformation of the panel. This PDD studies only 
a small representative, symmetric and repetitive 
section of the panel. In the second part of the paper, 
the manufacturing technology of an adaptive panel 
and the experimental testing carried out to validate 
the PDD are discussed. Finally, the global finite 
element model (GFEM) is presented in the third 
section. This model is more versatile than the PDD 
since it can simulate the entire panel in which the 
actuators can be positioned arbitrarily without any 
constraint related to their repetitiveness or 
symmetries.  
 

1 Preliminary design diagram (PDD) 

The main idea behind the PDD is to model the host 
structure with structural 3D solid finite elements, 
and then to characterize experimentally the 
behaviour of the SMA actuators. Afterwards, both 
series of results are merged together to determine the 
possible equilibrium positions. Even if the GFEM 
(see section 3) is more versatile and economic in 
terms of calculation time than the PDD, the PDD is 
presented for two reasons: the GFEM was not yet 
developed at the beginning of the project and more 
importantly, the PDD represents a conceptual 
methodology based on static equilibrium that could 
be used in other works.  

1.1 Finite element modeling of the host structure  

A finite element model of the adaptive panel is built 
to link the panel’s rigidity to its geometry for 
different axial strains generated by the contraction of 
the embedded active elements. The local thickening 
of the structure caused by the sheath, actuator and 
resin-rich zone in the vicinity of the active elements 
is taken into account (see Fig. 1). To reduce 
computing time, symmetry and repetition conditions 
are utilized: the width of the FEM is limited to a 
half-distance between two successive SMA wires 

and its length is set to be as small as possible while 
showing a constant radius of curvature on at least 
60% of its length. Therefore, only a small portion of 
the panel is studied as shown by the rectangular box 
pointed out by the white thick vertical arrow in 
Fig. 1. 

The model, built in the ANSYS software 
environment, is divided into four parts: the 
composite laminate (upper and lower plies), the 
resin-rich zone, the sheath and the active element. 
The composite laminate is modeled by 20-node 
SOLID186 layered structural solid elements. These 
elements allow the user to specify the thickness, the 
orthotropic properties and the orientation of each ply 
which is meshed with one element in the Z 
(thickness) direction. The mesh size in the two other 
directions is fixed to be approximately equal to the 
ply thickness. The resin-rich zone, the sheath and the 
SMA element are meshed with 8-node SOLID186 
homogeneous structural solid elements, given their 
isotropic mechanical properties. Even if only a small 
portion of the panel is modelled, the number of 
elements for the analysis is in the order of 300,000. 

To simulate the SMA element’s contraction during 
heating, a model of a conventional elastic material 
with a negative coefficient of thermal expansion is 
used as in [16]. The product of this negative 
coefficient with a temperature variation becomes the 
control parameter of the analysis that is called 
“induced axial strain”.  

The results show a linear variation of the resulting 
actuator axial stress as a function of the resulting 
actuator axial strain (see Fig. 2). The solid lines 
represent the panel’s stiffness for different distances 
between two successive SMA elements that vary 
between 20 and 100 mm. The markers on these lines 
correspond to different levels of induced axial 
strains (thin dashed lines) and radii of curvature 
(thick dashed curves). Note that a smaller radius of 
curvature represents a more pronounced bending of 
the panel. 

It is important to emphasize the difference between 
the “induced axial strain” and the “resulting axial 
strain”. As defined previously, the induced strain 
corresponds to the product of the coefficient of 
thermal expansion with the temperature variation 
and it represents the maximum strain that can be 
reached by the SMA actuator upon heating, when no 
opposing force is applied. In reality, the actuator is 
embedded into the panel and therefore it is not free 
to contract. Consequently, the resulting strain of the 
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actuator embedded in the host structure will be 
smaller than the induced axial strain and the greater 
the panel stiffness, the greater will be this difference. 

 
Fig. 2. Behaviour of the composite laminate.  

From the results shown in Fig. 2, it is possible to 
determine the inter-actuator distance needed to 
obtain a prescribed radius of curvature for a given 
induced axial strain. It is then observed that if the 
inter-actuator distance decreases (i.e. more actuators 
in the panel), the actuators have to generate lower 
induced strains to reached the same radius of 
curvature. More details are available in [17]. 
 
1.2 SMA characterization 

SMA actuators are 1mm wires made of a Ti-
50.3at%Ni alloy supplied by SAES Getters. Given 
that the material is supplied in as–drawn condition 
(approximately 30% of cold work), post-
deformation annealing needs to be performed to 
restore the alloy’s shape memory properties. Each 
wire has been annealed during 1 hour at 550°C. 
Since the behavior of SMAs varies significantly 
during the first heating-cooling cycles, a 100-cycle 
stabilization routine was devised for this project. 
One stabilization cycle consisted of heating and 
cooling the specimen subjected to a given constant 
stress of 150 MPa. During the stabilisation routine, 
the wire was repeatedly heated by Joule effect from 
25 to 150°C with subsequent free-convection 
cooling.  

With the annealed and stabilized wires, the actuation 
envelope is built. The actuation envelope defines the 
maximum recoverable stresses and strains that an 
SMA active element can generate under specific 
loading conditions. To build the said actuation 
envelope, a series of experiments are conducted with 
a dedicated test bench. As shown on Fig. 3, the 
following heating sequences are applied to the SMA 
wires starting at point O: the fixed-support stress 
generation mode (O-C), the stress-free strain 

recovery mode (O-G), and a mixed fixed-support / 
constant-stress mode at different stress levels (O-E1, 
O-E2 and O-E3). When points C, E1, E2, E3 and G are 
connected, the resulting curve combined with the O-
C and O-G lines delimit the actuation envelope of 
the active element being tested. All the possible 
stress-strain trajectories this active element can 
provide will necessarily be contained within this 
envelope; the larger the envelope, the greater the 
overall working generation capacity of the active 
element.  

Note that line GC is extrapolated to intersect the y-
axis: point D corresponds to a stress that could be 
generated if a sufficiently rigid fixture was used. It 
can be observed that such an envelope could also be 
drawn using only two testing modes: stress-free 
(point G) and fixed-support (point C) testing. This 
strategy has been used to plot the actuation envelope 
for different maximum actuation temperatures. In 
Fig. 3, this temperature was set at 150C.  

 
Fig. 3. Actuation envelope of an individual SMA wire 

actuator. 
 
1.3 Design diagram 

A combination of the host structure stiffness plots 
(Fig. 2) and the SMA actuation envelopes obtained 
for several maximum actuation temperatures (Fig. 3) 
gives the design diagram shown in Fig. 4. Basically, 
this design diagram indicates at which temperature 
the actuators must be heated to obtain a desired 
radius of curvature of the panel. The greater the 
distance between the actuators, and therefore the 
smaller their number, the higher the activation 
temperature required to reach the same radius of 
curvature. 

For example, for a distance between actuators of 
20 mm, a radius of curvature of 195 mm will be 
reached when the actuators are heated to up to 
100°C. The same deformed geometry can also be 
obtained with an inter-actuator distance of 30 mm 
and wire temperature of 125°C. Therefore, a trade-
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off between the actuation temperature (energy 
needed for activation) and the number of active 
elements (weight of the panel) can be considered. 
Note also that the higher the actuation temperature, 
the shorter the functional fatigue life of the 
actuators. Note that a 150 mm radius exceeds the 
capacity of this adaptive panel and cannot be 
reached under any conditions.  

 
Fig. 4. Preliminary design diagram. 

 

2 Experimental validation 

A 425 mm x 425 mm panel is fabricated by vacuum 
assisted resin transfer molding with four 0.3 mm 
thick T-300 uniaxial carbon plies oriented at 90° 
relative to the actuator. The sheaths, which are  
tubular Polytetrafluoroethylene (PTFE) extrusions, 
are disposed in a parallel array between the third and 
the fourth plies of the laminate with a 20 mm 
distance between them for a total of 19 sheaths. The 
Araldite 8605 epoxy resin with a high transition 
temperature is used in the panel.  

During the infusion in the direction perpendicular to 
that of the sheaths to favor uniform flow, the SMA 
active elements normally inserted into the sheaths 
are temporarily replaced by stainless steel wires. The 
reason for this replacement is to avoid any possible 
alteration of the SMA properties during the cure that 
follows the infusion. Indeed, after infusion, the panel 
is cured according to the following sequence: 24 h at 
room temperature, 2 h at 121°C and 3 h at 177°C. 
After curing, the stainless steel wires are replaced by 
the SMA elements that are fixed with screws to two 
rigid steel members to allow the force transmission 
between the active and the passive components of 
the adaptive panel.  

Fig. 5 shows one of the extremities of the 
manufactured panel after the extraction of the steel 
wires. Two sheaths are clearly visible and it is 
obvious that 20 mm inter-actuator spacing is 

sufficient to preserve the panel’s integrity between 
two subsequent sheaths. Indeed, in the middle of two 
successive sheaths, there is no resin-rich layer 
between the third and fourth plies.  

 
Fig. 5. Extremity of a manufactured panel. 

 
A dedicated test bench, shown in Fig. 6, has been 
designed to morph the manufactured panels. The 
SMA wires are heated by Joule effect with an 
electrical current supplied by a RE30-170 
(Matsusada Precision inc.) power source connected 
to the two rigid members at the panel’s extremities. 
The panel’s geometry is monitored by an Aramis 
(GOM) 3D image correlation measuring system. The 
temperature of two SMA wires is measured using 
ten K-type thermocouples uniformly distributed 
along the wire’s axial direction (5 thermocouples par 
wire). The thermocouples are glued inside ten holes 
drilled as close as possible to the SMA wires and 
electrically isolated by a polyurethane coating. 
Temperature data are collected using a midi Logger 
GL220 (Graphtec).   

 
Fig. 6. Schematization of the testing bench. 

A test is performed with all 19 SMA wires heated 
simultaneously, which corresponds to an inter-
actuator distance of 20 mm. The Aramis 3D image 
correlation measuring system is configured to take a 
set of two images (from the left and right cameras) 
per second. Thus, the entire panel geometry is 
measured at each second of the heating and cooling 
phases. Fig. 7 shows the deformed panel. 
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Fig. 7. Flat panel becoming bended after activation. 

The measured perpendicular displacements (in the Z 
direction) of three cross-sections are given in Fig. 8: 
section 1 is located in the mid-width of the panel 
while sections 0 and 2 are located ±150 mm apart 
from section 1. All three morphed cross-sections are 
practically identical, confirming that the panel’s 
properties are uniform and that all the actuators 
generate similar forces.  

 

 
Fig. 8. Top: displacements at three specific cross-sections; 

Bottom: global field of perpendicular displacements.  

The Aramis measuring system has the ability to 
match primitive shapes (circle, plane, cylinder, 
sphere, etc.) to the measured object. In this case, a 
cylinder matches almost perfectly the deformed 
shape of the panel. This last result is important 
because it validates the preliminary design diagram 
that has been developed in the first part of the paper. 
Indeed, since it has been assumed that every part of 
the panel would deform similarly, then only a small 
representative part of the panel has been modeled. 
By measuring a constant radius of curvature over the 
entire panel, the initial assumption is validated and a 
single parameter, the radius of curvature, can 
characterize the deformed shape of the panel. Then, 
from the measurements, it is possible to plot the 
panel’s radius of curvature as a function of 
actuators’ temperature. In Fig. 9, the black dashed 
lines correspond to the experimental behaviour, 
while the solid gray line is the predicted behaviour 
obtained from the preliminary design diagram.   

  
Fig. 9. Curvature of the panel as a function of actuators’ 

temperature.  
 

A serious concern about the reliable measurement of 
the wire temperature exists even if all the 
precautions have been taken during the installation 
of the thermocouples. In fact, since they are glued 
into small holes, the thermocouples measure some 
kind of an average temperature of the SMA wire and 
surrounding composite laminate. Therefore, it is 
obvious that the temperature is underestimated. For 
this reason, the actuators’ temperature have been 
corrected knowing that the panel starts and stops to 
deform at prescribed temperatures that correspond to 
the phase transformation temperatures of the SMA 
wires. These phase transformation temperatures 
were experimentally characterized for the particular 
alloy used here. A better measuring technique of the 
actuators’ temperature should be used in the future. 
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The first observation to be made from Fig. 9 is that 
the experimental and predicted paths are different, 
which is mainly caused by the SMAs’ hysteretic 
behavior that hasn’t been considered in the 
preliminary design diagram. The second observation 
concerns the experimentally measured radii of 
curvature at the beginning and at the end of one 
actuation cycle that are not the same (see points A 
and A’ in Fig. 9). Indeed, a residual radius of 
curvature gradually appears and it increases when 
the activation cycle is repeated. This is probably due 
to the local softening of the resin near the heated 
actuators. The radius of curvature of the 
experimental panel at the beginning of the test was 
335 mm, whereas it was infinitely large (flat panel) 
for the predicted behaviour. No correction has been 
used to take into account the resin degradation and 
resins with better thermal stability should be 
investigated in the future. 

Nevertheless, the PDD was able to predict very 
accurately the minimal radius of curvature of the 
panel when the actuators were heated up to their 
maximal temperature. Indeed, the predicted radius of 
curvature shows a deviation which is less than a few 
percent. In short, the displacements are calculated 
accurately and the PDD can be used to predict the 
morphed geometry of a panel in which a series of 
SMA actuators are uniformly distributed.   

 

3 Global finite element model (GFEM) 

The preliminary design diagram has basically two 
main limitations. Firstly, only a panel having a 
uniform distribution of actuators can be analysed. 
Indeed, if the actuators are not parallel one to the 
other or if they are not uniformly distributed, the 
PDD will then fail to adequately predict the 
deformed geometry. Secondly, the stacking 
sequence of the plies must be identical at every point 
of the panel. It is therefore impossible to study, for 
example, the effect of stiffening the laminate by 
adding locally a ply.  

In order to predict the effect of any possible 
arrangement of actuators (number, location within 
the laminate, orientation, etc.) and composite 
laminate (number, type and orientation of each ply), 
the entire panel must then be modeled, not only a 
small representative section as in the PDD approach. 
Unfortunately, if the same 3D solid elements used in 
the PDD approach were employed to model the 
entire panel, several millions of elements would be 
needed and the numerical cost would become 

impractical. Therefore, in the GFEM, instead of 
solid elements, link elements are used to represent 
the SMA active elements, whereas beam and shell 
elements are selected for the host panel as shown in 
Fig. 10. Similarly to [18], the beams are added to 
represent the effect of the laminate thickening near 
the actuator location. The selection of these finite 
elements allows the computing time to be 
minimized. 

 
Fig. 10. General view of the global finite element model. 

Note that a more realistic constitutive relation 
describing the complex nonlinear, temperature 
dependant and hysteretic behavior of SMAs needs to 
be considered. In this project, the material law 
developed by [19] based on the micromechanical 
formulation of Likhachev has been successfully 
implemented in ANSYS, but this discussion is 
beyond of the scope of this paper. Therefore, for 
sake of simplicity, the SMA behaviour is still 
simulated according to the same approach as in the 
PDD, i.e. fixing a negative thermal expansion to the 
actuators in order to simulate their contraction upon 
heating. More details are given in [20]. 

3.1 Presentation of the model 

The GFEM combines two-node link, three-node 
beam and eight-node rectangular shell elements 
(respectively LINK180, BEAM189 and SHELL281 
element types of Ansys). Similarly to the SOLID186 
element type used in the PDD, SHELL281 elements 
can easily represent a laminated structure. This 
being said, two specific geometrical aspects 
concerning this model must be addressed, namely 
i) the actuator position within the host panel and ii) 
the dimensions and position of the beam elements. 

As shown in Fig. 11, the actuator position zact is 
assumed to be equal to the sum of the thickness of 
the plies below the actuator (tlow), the sheath wall 
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thickness and the half the diameter of the actuator 
(Øact/2), which gives zact = 1.7 mm. This value is 
larger than the total thickness of the laminate (tlow + 
tup = 1.2 mm) and that is why the actuator is drawn 
outside the laminate in Fig. 11. Visual inspections of 
the manufactured samples (see Fig. 5 for instance) 
confirm this fact.  

 
Fig. 11. Section view of the global finite element model. 

If only shell elements were employed to model the 
host panel, the local thickening of the structure 
related to the presence of actuators and sheaths 
could not be considered. To overcome this issue, 
beam elements are added to locally increase the 
panel’s inertia. These beam elements are oriented 
along the actuator length and to minimize the 
number of parameters to be set, it is assumed that the 
added beams have a full circular section and that 
they are positioned tangentially to the upper layer of 
the host panel. Afterward, an iterative process is 
engaged to calculate the appropriate beam cross-
section diameter (Øbeam in Fig. 11) that matches the 
response given by the finite element model used in 
the PDD made entirely of solid elements. 

Fig. 12 compares the radius of curvature and the 
maximal deflection as a function of the induced 
axial strain for three different models: 1) the model 
made of solid elements used to construct the PDD, 
2) the GFEM with beam elements and 3) the GFEM 
without beam elements.  

 
Fig. 12. Validation of the GFEM. 

Deviations larger than 55 % are observed when the 
beam elements are not included in the GFEM. Based 
on the good correlation shown in Fig. 12 between 
the two other models, it is clear that GFEM with 
beam elements represents a good alternative that 
produces similar results as the model built with solid 
elements while using significantly less nodes. For 
comparison purposes, the model made of solid 
elements used to build the PDD is composed of 
more than 300,000 nodes (Fig. 13) compared with 
the 1,000 nodes required by the GFEM with beam 
elements (Fig. 14) in order to simulate the same 
portion of the adaptive panel. 

Fig. 13. Finite element mesh made of solid elements with 
more than 300,000 nodes. 

 

Fig. 14. Finite element mesh made of link, beam and shell 
elements with approximately 1,000 nodes. 

3.2 Case study 

The simulation presented in this section is carried 
out to demonstrate the versatility of the GFEM. By 
activating 10 of the 19 actuators on only half-width 
of the panel, warping is induced. The panel is 
clamped at only one of its four sides. Thereby, the 
radius of curvature is no longer constant through the 
panel width. Dimensions of the modeled adaptive 
panel are chosen according to the manufactured 
prototype: 425 mm by 425 mm panel with a 20 mm 
inter-actuator distance. This leads to a model 
composed of 1,060 LINK180 elements, 1,071 
BEAM189 elements and 3,392 SHELL281 elements 
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for a total of 11,481 nodes (see Fig. 15). Fig. 16 
shows the resulting perpendicular displacements 
when the maximal temperature is reached. It is 
obvious that these displacements are no longer 
constant along the y axis. Warping of the panel is 
then simulated. 

 
Fig. 15. Finite element mesh of the entire panel. 
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Fig. 16. Overview of the panel warping. 

This simulation illustrates a significant benefit of 
modeling the whole panel brought by the GFEM 
approach. Indeed, it would not be possible to induce 
such warping with only a panel section modeled 
with symmetries. Thus, this introduces a whole 
range of possible simulations where the actuators 
could be embedded along multiple directions within 
the laminate, and this while using a very limited 
number of nodes. Also, the boundary conditions can 
easily be modified and initially curved panel can be 
studied.  

 

Conclusions 

The objective of this paper was to present two 
complementary approaches for designing adaptive 
laminated composite panels with embedded SMA 
actuators. An experimental validation of both 
models has been successfully performed using an 
especially manufactured 425 mm x 425 mm adaptive 
panel containing 19 parallel SMA actuators. It has 
been shown that a significant reduction of the 
number of nodes, and thus of the computation time, 
is possible when solid elements are replaced by link, 
beam and shell elements.  

Even if difficulties have been encountered with the 
experimental measurements of the temperature of 
the SMA actuator embedded in the panel, the 
deformed shape of the adaptive panel is properly 
predicted. Finally, the model versatility has also 
been demonstrated by simulating the panel’s 
warping when only one half of the panel is activated. 

Altogether, it can be asserted that a global finite 
element model using shell, beam and link element 
can be employed as a design tool to simulate, with a 
minimal computation cost, numerous configurations 
of the panel that involve different number and 
orientation of the composite plies and different 
number, position and orientation of SMA wire 
actuators.  
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1 Abstract 

The low velocity impact behavior of laminates made 
of glass fibre and phenolic resin was studied. Two 
different samples typologies were compared: 
orthotropic and quasi-isotropic different in thickness 
(3, 4, 5, and 6 mm). Impact test were carried out up 
to penetration and at variable energy values. The aim 
of the latter  tests is to correlate the dimension of the 
indentation left by the indenter on the surface with 
the impact energy. The complete tests up to 
penetration were useful to obtain the whole load-
displacement curve and the penetration energy 
value. Impact results obtained on basalt fibre 
reinforced epoxy resin were compared too.  
About the external damage, the quasi-isotropic 
specimens showed higher resistance than the 
orthotropic ones, in all the different thicknesses 
tested. An interesting result was obtained for basalt 
laminates that showed indentation depths lower than 
all the material systems analyzed up to now. 
The stacking sequence was found to have no 
influence on the penetration energy.  The measured 
energy values, from the area under the complete 
load-displacement curve, were used to validate an 
existing power law in which the fibre content 
assumes the most important role.  
  
 
2 Introduction  

In many advanced industrial fields, such as 
aeronautics, naval and transportation, the study of 
impact resistance of the composite materials is very 
important. In particular, it could be useful to 
appreciate the damage induced in the material by an 
accidental impact, during manufacturing process, in 
service  or maintenance operations. 
Many studies were done in literature about impact 
[1-12], in particular different reinforcements (glass 
fibre, carbon fibre and aramid fibre) and resin 
typologies (epoxy and polyester) were studied. 

One of the requirements to be fulfilled is the ability 
to know the internal damage from a simple 
inspection of the visual damage. The parameter 
almost universally used to quantify this property is 
the indentation, i.e. the depth of the dent resulting 
from the contact of the material surface with a 
foreign object travelling at low, medium, or high 
velocity and, so, the only external indication of an 
impact. 
Of course, the critical indentation could be selected 
in a sound way, if a reliable correlation would be 
established between its geometry and the residual 
mechanical properties of the material. Indeed, such 
correlation would be particularly useful in inspection 
as well, because it would allow decisions on the 
necessity of repair utilizing a damage parameter easy 
to be measured. 
The procedure is complicated since, in general, the 
dent depth is strongly dependent on many 
parameters, like the particular laminate under 
concern, its thickness, the constraint conditions, tup 
geometry, and impact speed. Analytical tools for the 
prediction of indentation under known impact 
conditions can, of course, simplify the problem. In 
[13], a simple power-law equation was assessed, 
correlating the dent depth with impact energy, 
negligibly affected by the laminate type and 
thickness and impact velocity. Of course, in this 
way, the unknown impact energy resulting in a 
known indentation could be found with ease. 
Since in the literature, some models have been 
proposed [14, 15], aiming to predict the residual 
strength of a composite laminate as a function of the 
impact energy, in principle the possibility to predict 
the residual strength from indentation is devised. 
To do this, the penetration energy has to be known 
and it can be calculated through a model developed 
in [6, 16], accounting only for the reinforcement 
volume and tup diameter.  

INDENTATION AND PENETRATION LAWS VALIDATED FOR 
COMPOSITE LAMINATES DIFFERENT IN FIBRES AND 
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In literature, extensive researches are available on 
this topic, concerning impact dynamics [9-12], 
mechanisms of failure initiation and propagation 
[12, 17-20], and correlation between impact energy, 
damage, and residual material properties [12, 14, 17, 
21-23] on different reinforcements and resin 
typology. 
From the previous considerations, the present work 
had the fundamental objective to ascertain whether 
the relationship between indentation and low 
velocity impact energy could be validated for other 
material systems. 
 
 
3 Materials and test methods 

In the present research, the low velocity impact 
behavior of laminates made of glass fibres, fabric 
256 g/m2, and phenolic resin was studied. The 
laminates were produced by autoclave forming 
process in two different typologies: orthotropic, O, 
and quasi-isotropic, I. For both samples, different 
thickness, 3, 4, 5, and 6 mm, were obtained 
overlapping different numbers of layers following 
the stacking sequences [(0/90)]n, [((0/90),(+45/-45)) 

n] s, n = 3 to 24.  
Low velocity impact tests were carried out on basalt 
fibre reinforced plastics (BFRP) too. Laminates with 
300 mm x 300 mm in plane dimensions were 
obtained through infusion technology. The 
reinforcement employed is basalt dry fabrics, 200 
g/m2, plain-weave (warp 10F/10 mm, weft 10F/10 
mm), tex 100. In order to produce plates with the 
desired thickness, a sufficient number of plies were 
overlapped on a release film placed on a glass tool. 
Then, they were covered with the peel ply and the 
plastic bag. After that, the performs were 
impregnated through resin infusion by an epoxy 
matrix (Becor I-SX10 + hardener SX10M). The 
curing stage at room temperature and at a vacuum 
level of -990 mbar was performed for 24 hours. The 
following stacking sequence was obtained: 
[(0,90)/(+45,-45)/(+45,-45)/(0,90)]n, with n=2 to 4, 
leading to nominal thickness of 1, 2 and 3 mm and a 
fibre volume fraction Vf = 50%. From the plates, 
square specimens 70 mm in side, destined to the 
experimentation, were cut by a diamond saw. 
Impact test were carried out on a drop weight testing 
machine using a cylindrical indenter with a semi-
spherical nose, 19.8 mm in diameter. Tests up to 
penetration were carried out at the aim to obtain the 
complete load-displacement curve and the strength 
at penetration. On the recorded load curves, different 
energy values, in correspondence of characteristic 

points related to the damages, were selected and 
indentation tests were carried out at the selected 
energy values. The aim of these tests was to 
correlate the dimension of the indentation left by the 
indenter on the surface of the laminate with the 
impact energy. The indentation depth resulting from 
the impactor-material contact was measured by a 
micrometric dial gauge, Mytutoio, according to EN 
6038 standard.  
At the final aim, but out of the scope of the present 
paper, to predict the residual strength, the 
penetration energy, Up, was measured as the area 
under the complete load–displacement curve 
obtained in the impact tests up to perforation. The 
results were used to validate a previous assessed 
model [6]. That allows to predict Up taking into 
account only the fibre volume fraction and the tup 
diameter. 
 
 
4 Results 

4.1 Load curves 

In Fig. 1, the complete load-displacement curves 
recorded during the experimental tests up to 
penetration on the quasi-isotropic laminates, I, were 
overlapped for all the thickness tested. It is 
appreciable an initial region in which the force 
increases due to the impact; then, reached the 
maximum value, the impact force has a significant 
reduction correspondent to a strength loss for the 
significant damage, finally followed by the 
beginning of the penetration in the laminate. As 
expected [4], the load increases at the increasing of 
the thickness.  
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Fig. 1. Load-displacement curves, different thickness. 
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3  

INDENTATION AND PENETRATION LAWS VALIDATED FOR COMPOSITE LAMINATES DIFFERENT IN 
FIBRES AND MATRIX 

In Fig. 2, a comparison between the load-
displacement curves obtained on the quasi-isotropic 
and orthotropic laminates, is proposed. To avoid 
crowding of data, only two thicknesses, the lowest 
and the highest ones, were reported. It is possible to 
observe the similar behavior of the two different 
stratifications since the perfect overlapping of the 
curves.  
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Fig. 2. Load-displacement curves: isotropic (thin line) and 
orthotropic (thick line) laminates. t = 3 mm and t = 6 mm.  

 
 
4.2 First failure and maximum force 

In Fig. 3, the first failure load, obtained on the load-
displacement curve in correspondence of the first 
load drop or the first changing in the slope [4] (see  
the thick and short arrows in Fig. 2), was plotted 
against the panel thickness for the quasi-isotropic, I, 
laminates. The trend is well represented by the 
following power law: 

Fi = 317.5t1.5   (1) 

The exponent 1.5 verify the Hertzian contact law [4, 
24]. In the figure, the points represent the mean 
values of at least three values obtained in the same 
test conditions. The perfect overlapping of the load 
curves, denoted the perfect reproducibility of the 
experimental tests and no significant standard 
deviations are evidenced on the data. 
In Fig. 4, the influence of the panel thickness on the 
first failure load, was reported for the orthotropic 
laminates. 
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Fig. 3. First failure load, Fi, against the panel thickness, t. 

Isotropic laminates, I. 
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Fig. 4. First failure load, Fi, against the thickness, t. 

Orthotropic laminates.  

Also in this case the trend is well evidenced by a 
power law: 

Fi = 735.8 t1.03   (2) 

More dispersions in the data, evidenced by the 
standard deviation bars in the figure, were noted. 
Moreover, the exponent in Eq. (2) is significantly 
lower than 1.5 of the Hertzian law. However, 
comparing Figs. 3 and 4, it is possible to note that 
the values about the two different stacking 
sequences are quite similar, denoting similar 
response of the laminates about the beginning of the 
damage. It confirms what showed in Fig. 2 since the 
perfect overlapping of the curves also in the first 
increasing part. 
In Fig. 5, the influence of the panel thickness on the 
maximum force for both quasi-isotropic, I, and 

t 
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orthotropic, O, panels, was analysed: in both cases, 
no power laws were able to describe the trend that is 
clearly linear and very similar. 
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Fig. 5. Maximum load, Fmax, against the panel thickness, t. 

The very similar behavior of the two systems under 
attention, was confirmed by the following linear 
equations, the first one for quasi-isotropic and the 
second for orthotropic laminates, representing the 
linear trends in Fig. 5: 

Fmax=3127.3t+8094.5  (3) 

Fmax=3274.5t+8204  (4) 

Similar coefficients were obtained. 
 
 
4.3 Indentation 

In [4], a variety of CFRP laminates, different in 
thickness, lay-up, and material system, were 
subjected to low-velocity impact tests using a 
hemispherical tup of diameter Dt = 12.7 mm. The 
indentation at increasing energy levels was 
measured and plotted against the impact energy, U 
[13]. Different trends were found for each single 
thickness even if all the indentation data concerning 
a single material system, irrespective of t, was found 
to converge to a single curve when I was plotted 
against the non-dimensional energy U/Up. This 
indicated that the same indentation law can be valid 
for a quite large class of laminates. It was noted in 
[13] that, for a given tup diameter, the impact energy 
could be calculated from an indentation 
measurement. 
In [7],  a new indentation law was found to fit well 
the experimental point for higher impact non 
dimensional energy values.  

In Fig. 6, all the indentation depths obtained here for 
both I (full symbols) and O (open symbols) panels 
were plotted against the impact energy, U. It was not 
possible to represent the trend with power nor 
exponential laws, as done in [7, 13], in neither of the 
two cases. Only straight lines seem to better 
approximate the behavior. However, the two lines 
about the two different materials are separated and 
the data don’t follow a single trend. In general, from 
the figure, it is possible to assert that in 
correspondence of the same impact energy, a deeper 
indentation was measured on the orthotropic 
laminates. 
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Fig. 6. Indentation against impact energy. Comparison 
between quasi-isotropic (full symbols), I, and orthotropic 

(open symbols), O, laminates. 

The same data from Fig. 6 are reported in Fig. 7 
against the non-dimensional energy, U/Up. The data 
seem to more closely follow a single exponential  
trend, irrespective of the thickness, material and 
stacking sequence.  
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 Fig. 7. Indentation, I, against the non dimensional energy, 
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U/Up. Comparison between isotropic, I, and orthotropic, 
O, laminates. 

Using experimental data available in literature, the 
existing indentation law [7], allowing for the 
prediction of the impact energy from the depth of 
indentation, was validated with the results obtained 
in this research:  

I = k ⋅(10
γ ⋅ U

Up −1)   (5) 

U is the impact energy, Up the perforation energy, k 
and γ constants to be experimentally determined.  
Following the same procedure adopted in [7], the 
data from Fig. 7 were rearranged in a log scale (Figs. 
8 and 9) separately for I and O laminates. 
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Fig. 8. Indentation law for the research of the constants. 

Isotropic laminates. 
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Fig. 9. Indentation law for the research of the constants. 

Orthotropic laminates. 

The solid lines in the figures are the graphic 
representation of the following relationship, simply 
obtained from Eq. (5): 

Log
I

k
+1

⎛ 
⎝ 

⎞ 
⎠ = γ ⋅

U

U p
  (6) 

that allow to know the constant γ from the slope. 
The value k = 1.6 mm allowed to have a line passing 
through the origin in both cases and γ = 0.6881 was 
found for isotropic laminates with a very good 
approximation (R2=0.95) whereas γ = 0.7473 was 
found for the orthotropic ones with R2=0.82. Even if 
these values are different from k=0.288 mm and γ = 
1.269 found for carbon and glass fibres in epoxy 
matrix, the indentation law seems to confirm the 
quite general applicability, being scarcely affected 
by the fibre type and orientations, and matrix type.  
In Fig. 10, all the indentation data obtained in the 
present research are compared with classical data 
from literature. In addition, the indentation depths 
measured on the basalt fibre laminates introduced in 
the “Material and tests methods” paragraph, were 
reported too. 
It is clear that the trend is similar for all the material 
systems, but about the external damage, at the same 
penetration energy, an impact energy causes deeper 
indentations on the specimens made by phenolic 
matrix whereas basalt laminates showed the better 
behavior. 
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Fig. 10. Indentation law for different composite laminates. 

Of course, it could be very interesting to have the 
same information about the internal damage. It will 
be done in a future step. 
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4.4 Penetration energy 

Since the relationship between impact energy and 
residual strength [13], the indentation law can be 
very useful in the prediction of the residual 
properties of a structure: through a simple 
measurement of a surface damage after impact, it is 
possible to know the correspondent energy level and 
so the residual strength. However, the penetration 
energy of the laminates has to be known. 
By comparing the penetration energies of the two 
different glass fibre laminates tested, as anticipated 
by the observation of Fig. 2, the stacking sequence 
has no influence on the energy necessary to 
complete penetrate the laminates.  In Fig. 11, the 
measured penetration energies are plotted against the 
product between thickness, t, fibre volume fraction, 
Vf, and tup diameter, Dp, for all the laminates tested 
in the present research.   
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Fig. 11. Penetration energy, Up, against t*Vf*Dp. 

The data validate a previous power law presented in 
[6] for the prediction of the penetration energy. The 
law represented by the continuous line in Fig. 11, 
has the following expression: 

Up = 1.37 (t*Vf*Dp)
1.16  (7) 

in which the exponent is close to what obtained in 
[6]. In the same figure, data from literature [25], 
only about glass fibre to avoid crowding of symbols, 
were add to compare the data and to confirm the 
trend. 
 
 
5 Conclusions 

Existing indentation and penetration models were 
validated with data from low velocity impact tests 

on composite laminates different in materials, 
thickness and stacking sequence.  
In particular, two glass fibre in phenolic matrix 
laminates in two different configurations, quasi-
isotropic and orthotropic ones,  and in different 
thicknesses, were tested at the aim to verify the 
influence of the fibre orientation on the impact 
behaviour. Experimental data from basal fibre in 
epoxy matrix specimens were add too to investigate 
about the influence of the materials. 
From the results, it was possible to write the 
following main conclusions: 

- no significant differences were found about 
the general impact behaviour, in terms of 
first failure and maximum load, and 
penetration energy, between the two 
different stacking sequences of the glass 
specimens; 

- however, about the external damage, the 
quasi-isotropic specimens showed an higher 
resistance than the orthotropic ones in all the 
different thicknesses tested; 

- basalt laminates showed indentation depths 
lower than all the material systems analyzed 
up to now; 

- the existing indentation and penetration laws 
were verified with success. 
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1 Introduction 

 

Composites are widely used in aeronautical 

engineering development. These structures are 

especially vulnerable to foreign object impacts 

during manufacturing operations or maintenance and 

in the same time significant damage can occur and 

yet be undetectable by visual inspection [1]. This 

can dramatically reduce their residual properties. To 

certify these structures in aeronautics, it is necessary 

to demonstrate their resistance to residual charges 

dependent to the impact damage detectability [8]. 

The current edge impact detectability threshold 

policy in aeronautics industry is based on dent depth 

and crack length (Fig.1). 

Many studies have been carried out on composite 

skin impact issues and the damage mechanism is 

now fairly well controlled ([4] and [5]). However a 

lack of knowledge still exists on the edge impact 

phenomena [7], a free edge stringer for example 

(Fig.2). 

Today, solutions to protect structures submitted to 

edge impacts are heavy and must be improved. 

Therefore it is important to study more precisely this 

particular impact and to define the damage scenario 

in order to identify the parameters that affect the 

residual after impact strength. Then it will be 

possible to improve the stringer’s impact damage 

tolerance. 

The main goal of this research is to carry out impact 

and compression after impact experiments in order 

to establish the damage scenario. A vertical drop-

weight testing device was used to perform the edge 

impacts on different stacking laminates. At the same 

time, an almost-static study has been conducted in 

order to compare its results with the impact ones. 

Microscope cross sections and X-rays analysis were 

then studied to visualize the damage scenario. 

EDGE IMPACT DAMAGE SCENARIO ON STIFFENED 

COMPOSITE STRUCTURE 
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___________________________________________________________________________ 

 

Abstract 

___________________________________________________________________________ 

 
Low velocity / low energy edge impact and almost-static experiments have been carried out on carbon fiber 

reinforced plastic (CFRP) structures. A drop-weight testing machine was used to impact four different UD 

laminates at 10, 20 and 35 J impact energies. In parallel, an almost-static study has been conducted in order to 

compare its results with the impact one. Compression after impact tests will supply the residual behavior. The 

results show that the static and dynamic behaviors are different. The fiber properties control the initial impact 

stiffness. In addition, regardless of the impact energy and stacking, a specific "crushing plateau" phenomenon 

appears. In the almost-static indentation case the properties of the matrix control the initial indentation stiffness. A 

simplified analytical impact model is provided trying to explain the difference between static and dynamic edge 

impact regardless the stacking or impact energy. It actually well represents the dynamic and static initial stiffness 

and the crushing plateau. The experimental results will be compared to a numerical model in order to simulate the 

impact and compression after impact damage.  

___________________________________________________________________________ 
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Then, compression after impact tests are also in 

progress to determine the residual strength after edge 

impact. 

 

2 Material and methods 

 

2.1 Specimen definition 

 

First of all, a test specimen has been designed to 

perform preliminary understanding of the 

phenomenon. It is representative of the current needs 

identified above. T700/M21 Uni-directionnal (UD) 

carbon prepreg was selected. It is typically used by 

aircraft manufacturer. This material is well known 

[10] and its properties are given in Tab.1.  

 

A carbon fabric woven / epoxy M21/46280 was also 

used and its properties are given in Tab.2. Four 

different stacking were defined: 

 

Stacking 1 : [90, 45, 03, -45, 02, 45, 90, -45, 0]s , 

6 mm-thick for 24 plies. 

Stacking 2 : [902, -452, 04, 452, 02]s , 6 mm-thick for 

24 plies. 

Stacking 3 : [452, 02, -452, 04, 902]s , 6 mm-thick for 

24 plies. 

Stacking 4 : [Fabric woven (0/90), -452, 04, 452, 02]s, 

5.6 mm-thick for 22 plies. 

 

Thicknesses are consistent with the laboratory test 

facilities and are in agreement with the industrial 

ranges. These stacking are very oriented: 50 % plies 

at 0°, which matches well with industrial stacking in 

such stiffener issues. Stacking 1 is representative of 

an aeronautical industrial layup (symmetrical, well 

beaten, no delta at the interface greater than 45°, 

outside 90° plies to limit 0° plies damage in case of 

flank impact). Stacking 2 limits the interfaces 

number of different orientations plies, which will be 

of great interest in modeling, and will shorten the 

numerical model development. Case 3 follows the 

same philosophy and has better buckling resistance 

due to the outside 45° plies. Stacking 4 is equivalent 

with stacking 2 but it has a fabric woven instead of 

the two 90° outer plies. The initial goal was to 

contain the damage and this allows investigating the 

fabric woven residual strength influence. 

 

Finally the specimen size is representative of a 

stringer structure: 150 mm long, 60 mm high with 

30 mm free outside boundary conditions (Fig.3).  

 

2.2 Impact Experiment 

 

Impact experiment is designed to create 

representative damage of those actually produced on 

composite structures service life. Impact tests are 

performed at a low-speed thanks to a drop-weight 

falling down on the four defined stacking. No edge 

impact standard experiment still exists, that is why 

an original setup has been design.   

All tests are performed with the same hemispherical 

16 mm-diameter impactor, 2.368 kg-weight. The 

specimen is clamped in a specific designed edge 

impact tool (Fig. 3) and locked on half of its height. 

It will then remain 30 mm clearance subjected to 

impact. The objective is to avoid a costly stiffener 

manufacturing and at the same time to be 

representative of a real impact on a stiffener. In 

addition it still remains consistent for the damage 

study preventing the damage to propagate to the 

boundary conditions. 

The edge impact tool is composed of a steel support 

and a shim (Fig.3) allowing the specimen to be 

locked under constant pressure. This assembly 

represents an housing connection (30 mm high of 

the specimen locked and 30 mm free under edge 

impact).  

This impact device allows the drop of a specific 

impactor at a defined high, fixed to carriage guided 

by a rail. Given the specimen thickness, the drop 

tower average position does not exceed 1 mm.  The 

specimen damage related acquisition parameters are 

initial speed and impact force. 

Typically, because of the sensor position (between 

the mass and the impactor tip), the impact force (F) 

is not the measured load sensor one (Fmeasured) but 

should be modulated according to the following 

equation (1), where mimpactor is the impactor mass and 

mimpactor_tip is the impactor tip mass: 

 

measured

tipimpactorimpactor

impactor

real F
mm

m
F .

_

          (1) 
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Impactor displacement is obtained with a double 

integration of the acceleration which is obtained 

thanks to the force [9]. The force-displacement 

graph gives a first clue of the specimen behavior 

during the impact experiment (Fig.4). Impact kinetic 

energy is represented by the area under upswing part 

of the force (A-B Fig.4) and the area under 

downswing part of the force (B-C Fig.4) represents 

the elastic released energy. Therefore, the difference 

between these two energies is the absorbed energy. 

Otherwise, it is represented by the area inside the 

force-displacement curve. 

 

2.3 Indentation experiment 

 

In parallel, an almost-static study has been 

conducted in order to compare its results with the 

impact ones and to emphasize the damage 

phenomenon. The major interest lies on the indentor 

displacement mastering. That allows to compare the 

almost static and dynamic experiments for the same 

impactor displacement. An electromechanical 

100 kN INSTRON 4206 device is used to carry out 

experiments. The force is given by the device sensor. 

The indentor displacement is measured with an 

LVDT as close as possible to the impactor/indentor. 

The displacement speed equals 0.2 mm/min. 

 

2.4 Controls 

 

First of all, an ultrasonic check (C-SCAN) is carried 

out before impact to ensure that specimens are 

healthy. 

After impact, specimens are analyzed thanks to three 

technologies (Fig.5). Indeed crack length can be 

measured on the top edge of the specimen (Fig.5.a) 

by visual inspection. Then an X-Rays (XR) is 

proceeded in order to reveal cracks and delaminated 

area (Fig.5.b). Finally the specimen is cut and 

microscope cross sections are performed (Fig.5.c). 

These cuts are completed with scanning electron 

microscopy (SEM) figures in order to visualize 

specific plies damage more precisely. 

Cut sections have highlighted kink-bands [6], a local 

instability for fibers subjected to compression in 

fiber direction. 

 

 

 

 

3 Results et discussion 

 

3.1 Impact 

 

Three energies of 10, 20 and 35 J are used to study 

the damage (Fig.6) for each stacking. The force-

displacement curves give a lot of information. First 

of all, the force starts climbing sharply and a 

maximum force is reached. Since then it falls 

sharply but flattened off at a plateau of around 

6250 N whatever the stacking and the impact energy 

(Fig.6 and Fig.7). The impactor displacement is 

finally inversed, the force suffers a drop and a 

permanent indentation remains.  

To the author knowledge, no other work has 

determined edge impact degradation modes and their 

chronology. An impact damage scenario is proposed 

where a leading role is given to the wedge effect, the 

development of kink bands followed by the creation 

of a crushing phenomenon (Fig.7). 

 

- From step 1 to step 2: the contact surface between 

the impactor tip and the specimen grows. At the 

beginning, kink bands appear in the plies parallel 

with the impact direction (Fig.8). The force starts 

climbing sharply and almost linearly until an 

impactor force corresponding to a crushing stress 

(cf 4.Analytical model).  

 

- From step 2 to step 3: the force falls sharply due to 

crushing and a wedge effect appears creating matrix 

shear cracks that propagate through neighboring 

plies of different orientations. 

 

- From step 3 to step 4: the force reaches a plateau 

and interfaces delamination follows. The crushing 

continues. A swelling appears when the cracks reach 

outer plies (after about 0.5 mm impactor 

displacement). The remaining debris under the 

impactor help to push outer plies out of the side 

plane and the swelling increases delamination 

spread. 

 

- From step 4 to step 5: the discharge begins. The 

impactor direction changes its direction and the 

stress drops gradually. Permanent indentation and 

out of plane swelling remain for a zero strength. An 

important damage remains inside the structure 

(Fig.9). 
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In general, edge impact causes all interfaces 

delamination. From a quantitative point of view, 

maximum crack length evolution (Fig.10), depth and 

surface delaminated depending on the impact energy 

can be represented. Rationally, higher is the impact 

energy, the larger the crack length is. In addition, the 

crack lengths are almost identical for different 

stacking. The residual dent being predominant in 

residual stress, it is also interesting to plot the 

delaminated area evolution versus this permanent 

dent. It represents a first approximation of the 

specimen damage according to the after impact 

permanent indentation (Fig. 11). Finally the damage 

aspect can be drawn for each stacking. These 

diagrams show the wedge effect, the matrix 

transverse shear and interfaces delamination 

(Fig.12).  

 

3.2 Indentation 

 

We clearly see that there is no Static / Dynamic 

equivalence when the impact force-displacement and 

indentation curves are superimposed (Fig.13) for 

each stacking. This is even more striking when 

studying an equivalent indentation displacement 

than during impact by X-Rays (Fig.14). 

In addition, thanks to the impactor displacement 

mastering, experiments could be stopped and cut 

sections have been proceed. Kink bands propagation 

on the first almost-linear force climbing (Fig.15) 

were emphasized. 

 

4 Analytical model 

 

To deepen the non Static / Dynamic equivalence, 

differences in stiffness at the beginning of each test, 

static and dynamic, can be noted (Fig.13). Then a 

force "PATEAU" just after the stress peak can be 

identified on the impact graph. In this paper an 

analytical determination of these phenomena is 

proposed. The objective is to understand the damage 

phenomena.  

Studying crushing researches [3], a similar force 

plateau following the stress peak appears in the 

crushing graphs. This force step represents a 

phenomenon similar to “plasticity” during crushing 

experiment. It is proportional to an average crushing 

stress value of -270 MPa, and this, whatever the 

relative plies orientation to the load. This value is 

very close to the allowable transverse direction 

stress of T700/M21: Yc = -250 MPa. Yc becomes an 

equivalent average crushing stress σc Avg. The 

projected contact surface (impactor / specimen) was 

studied on microscopic binocular pictures. An 

average projected area of impact was measured 

Spi ≈ 25 mm² (Fig.16 and Fig.17). It is noted that in 

the case of a 35 J impact, the outer plies are severely 

damaged and a projected impact area determination 

does not really make sense because of the specimen 

damage. 

 

This surface Spi can be multiplied by the allowable 

stress through the transverse direction. The 

"CRUSHING PLATEAU" force of approximately 

6250 N is obtained. This curve is superimposed on 

the impact tests curve for each stacking (Fig.8). 

In addition, the initial stiffness of the impact test is 

higher than the static one. The compressive stress 

actually seen by each ply is supposed to be 

dependent on orientation and in proportion to the 

contact surface. For 0° plies the compressive stress 

is Yc = -250 MPa, For 90° plies the compressive 

stress is Xc = -1280 MPa. For ± 45° plies the choice 

was made to use the Xc and Yc  resulting components  

projected on the impact axis X45 ° according to the 

following equation (2) (Fig.18): 

 

MPaYXX cc 1082)cos(.
22

45
        (2) 

 

Where θ is defined in Fig.18. For example, for a 

0.3 mm impactor displacement in the stacking 2 

specimen, the total contact area between the 

impactor and plies specimen is divided into: 70 % 

oriented at 0°, 27.5 % oriented at 45° and 2.5 % 

oriented at -45° (Fig.19). With this method, 

depending on the impactor penetration in the 

specimen, the values of the "DYNAMIC 

STIFFNESS" curve is calculated (Fig.13). It is 

superimposed on the impact test curve for each 

stacking. In addition, the maximum force is the 

intersection between the dynamic stiffness curve and 

an impactor displacement of 0.5 mm which 

corresponds to Spi ≈ 25 mm² (Fig.17) where the 

crushing appears.  Knowing the impact energy, the 

force-displacement diagram curve during an edge 

impact can be modeled. 

 

In the almost static indentation the following 

assumption is made: the material behaves directly in 
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crushing with a weaker stiffness than in impact. 

Then the stress is identical regardless of the plies 

orientation compared to the compression load. This 

stress is equal to Yc. This stress Yc is multiply by the 

projected theoretical surface of the impactor during 

the first moments of the indentation experiment. The 

values of the "STATIC STIFFNESS" curve are 

obtained (Fig.13) for each stacking.  

 

5 Conclusion 

 

Experimental edge impacts at 10, 20 and 35 J were 

performed on different stacking specimens. Then, 

almost-static tests were carried out in order to 

understand the phenomena and to compare the 

crushing behavior to the dynamic one. Regarding the 

damage scenario, studies lead to the following 

conclusions: 

 

1. If fibers are oriented in the impact direction, 

then kink bands are created (dynamic and 

static).  

 

2. For the dynamic impact. Whatever energy 

(10, 20 and 35 J) and for each stacking 

(1 to 4), the force-displacement curves have 

similar initial stiffness. This initial 

"DYNAMIC STIFFNESS" can be modeled 

multiplying the contact surface of each fiber 

orientation with the impactor by the fiber 

orientation compressive stress. So the fiber 

properties control the initial impact stiffness. 

 

3. Similarly, regardless of the energy (10, 20 

and 35 J) and stacking (1 to 4), a specific 

crushing plateau phenomenon appears. This 

"CRUSHING PLATEAU" can be modeled 

multiplying an average crushing stress of -

250 Mpa by an average projected area of 

impact Spi ≈ 25 mm².  

 

4. The maximum force can be modeled as the 

intersection between the dynamic stiffness 

curve and an impactor displacement of 

0.5 mm where the crushing appears. 

 

5. Stacking has a small influence on the impact 

damage. 

 

 

 

6. There is no equivalence between 

Static / Dynamic edge impact. 

 

7. In the almost-static indentation case, the 

material behaves directly in crushing. This 

initial "STATIC STIFFNESS" can be 

modeled multiplying an average crushing 

stress of -250 Mpa by the projected 

theoretical surface of the impactor during 

the first moments of the indentation 

experiment. So the properties of the matrix 

control the initial indentation stiffness. 

 

The results of experimental tests will be then 

compared with a numerical impact model that 

consists of interface elements to describe the matrix 

cracks and volume elements [2]. Finally, a numerical 

prediction of the residual strength after impact will 

reduce the masses to avoid expensive tests, and thus 

shorten the development time. 

 

 

 
 

Fig. 1. Edge impact detection policy 
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Fig. 2. Edge impact principle 

 

 
 

Fig. 3. Edge impact tool principle 

 

 
 

Fig. 4. Impact force-displacement curve 

 

 
 

Fig. 5.  After impact controls  

 

 
 

Fig. 6.  Force-displacement curves of the stacking 4 

impacted at 10, 20 and 35 J 

 

 
 

Fig. 7.  Comparison of the force-displacement 

curves for the four stacking (20 J impact)  
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Fig. 8. Stacking 3 Kink bands (SEM cut section-

10 J impact) 

 

 
 

Fig. 9. Stacking 3 XR damage (35 J impact) 

 

 
 

Fig. 10.  Maximum crack length versus impact 

energy 

 

 
 

Fig. 11.  Delaminated area versus permanent dent 

 

 
 

Fig. 12. Damage aspect drawings for each stacking 

 

 
 

Fig. 13. Stacking 3 indentation and impact 

experiment superposition  
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Fig. 14. Stacking 4 impact and indentation X-Rays 

(20 J equivalent) 

 

 
 

Fig. 15. Stacking 3 kink bands propagation in cut 

sections 

 

 
 

Fig. 16. Stacking 3 projected area of impact 

measurement  

 

 
 

Fig. 17. Impactor projected contact surface 

measurements  

 

 
 

Fig. 18. Determining principle of X45 

ICCM19 5768



 

9  

Scénario d’endommagement d’impacts sur chant de structures composites raidies 

 

 
 

Fig. 19. Determining principle of stacking 2 stiffness 

 

 
 

Tab. 1. T700/M21mechanical properties 

 

 
 

 Tab. 2. M21/46280 mechanical properties 
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1. General Introduction  

Liquid Composite Molding (LCM) processes are 

increasingly used to manufacture composite parts in 

various areas such as the aerospace, automotive or 

marine industries. Laminated composites have raised 

interest for a long time for lightweight applications. 

However, manufacturing difficulties and limitations 

in mechanical properties have prevented a 

widespread usage. In fact, draping multiple two-

dimensional plies in a mold of complex shape is 

difficult and low resistance to delamination [1, 2] 

remains a source of problems in structural parts. On 

the other hand, 3D engineering textiles woven to the 

shape of a complex part can be injected in a mold to 

manufacture net shape and thick components [3]. 

Moreover, the presence of a weave through the 

thickness prevents delamination.  

The ply to ply interlock is one of the most 

remarkable 3D reinforcement [4, 5]. As shown in 

Fig. 1, it weaving architecture is particular: several 

layers of weft tows are joined in the warp direction 

and through the thickness by the warp tows. This 

kind of reinforcement has no third tow in the 

transverse direction. Three-dimensional interlock 

fabrics were devised specifically for high 

performance structural composite applications. 

The physical phenomena that govern the 

manufacture of composite materials by resin 

injection are well known in LCM processes. Mold 

filling simulations are commonly used to optimize 

the injection process. However, this kind of 

simulation requires a good knowledge of material 

properties and particularly of a key parameter, the 

permeability of the fibrous reinforcement. Numerous 

experimental investigations have been carried out on 

permeability. Several models have also been 

proposed in the scientific literature. However, 

because of the wide variety of fibrous 

reinforcements, it is difficult to predict permeability 

with a unique formula. Moreover, the stochastic 

feature of nesting, a phenomenon occurring in 2D 

laminate stacks and consisting of an interpenetration 

of fiber tows between neighboring plies [6],  makes 

it difficult to come up with a general permeability 

model. Thus it is necessary to rely on experiments 

and so far only empirical models have been able to 

predict permeability with enough accuracy as a 

function of fiber volume fraction for various kinds 

of fibrous reinforcement.  

The good control of weaving parameters in three-

dimensional fabrics opens up the possibility of 

conducting more reproducible experiments, as well 

as interpreting more easily the results and thus 

determining appropriate models. Indeed, on the 

contrary to two-dimensional laminate stacks, the 

three-dimensional weaving pattern prevents any 

lateral displacement of the plies during the 

preforming stage. This means that no nesting occurs. 

Hence, the columns of tows remain aligned through 

the thickness of the fabric even if the reinforcement 

is highly compressed [7]. Consequently inter-tow 

macroscopic pores are present in the whole fabrics 

and create flow preferential channels along the tows. 

These open channels allow the test liquid to flow 

more easily in this kind of fabric than in laminates. 

Hence, the macroscopic pores can be assumed to be 

the main source of the pressure drop. As a matter of 

fact, when liquid resin is injected under pressure 

such as in the Resin Transfer Molding (RTM) 

process, the macroscopic (viscous) flow between the 

tows usually moves forward ahead of the 

microscopic (capillary) flow in the tows. 
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Researchers like Parnas et al. [8] have reported on 

the high reproducibility of in-plane and through-

thickness permeability measurements for 3D 

reinforcement. Numerical predictions [9-11] of the 

in-plane permeability of 3D fabrics have also been 

carried out, but are still not accurate. Endruweit and 

Long [12] attempted to evaluate experimentally the 

influence of weaving parameters on the permeability 

of various 3D fabrics, but the fabrics tested were too 

different to allow constructing a general model. 

The aim of this investigation is to understand how 

the macroscopic pores contained in the woven 

structure of three-dimensional interlock fabrics 

affect permeability, and thus derive a simple 

analytical predictive model. The study was 

conducted in three main stages:  

1. Firstly, unidirectional permeability measurements 

are carried out in three in-plane directions for  three 

different fabrics in order to evaluate the anisotropic 

permeability tensor and derive the so-called 

permeability ellipse [13].  

2. The experimental results are then compared to 

understand how the test liquid flows through the 

fibrous reinforcements. A quantitative analysis is 

also carried out to evaluate the average size and 

distribution of the macroscopic pores in the tested 

fabrics.  

3. Finally, a model derived from the calculation of 

the pressure drop in non circular ducts is created. 

The experimental data compiled in the two previous 

stages allow calculating and comparing predicted 

permeability values with experimental ones. 
 

2. Description of experiments 

2.1. Fabric specifications  

Three three-dimensional interlock fabrics of areal 

density 11770 g/m² (Fabric 1), 14 564 g/m² (Fabric 

2) and 11686 g/m² (Fabric 3) were selected to 

analyze the influence of weaving parameters on 

permeability. These fabrics possess the same 

weaving pattern, the same number of interlock plies 

(8 layers) and are made of the same kind of carbon 

fibers. Each of the 8 plies is composed of 

intersecting warp and weft tows superposed through 

the thickness of the fabric. 

The only different weaving parameter between 

Fabric 1 and Fabric 2 is the warp/weft ratio. This 

means that the overall distribution of fibers is 

different. For example, a ratio of 60C/40T means 

that 60% of the mass is distributed along the warp 

and 40% along the weft. However, these fabrics are 

composed of the same kind of tows, i.e., with the 

same number of filaments per tow and have the 

same warp tow count by ply     (number of tows in 

the warp direction by centimeter). Thus, as shown in 

Tab. 1, the difference in directional fiber volume 

fraction is achieved by increasing or decreasing the 

number of tows in the weft direction (i.e., changing 

the weft tow count     from the maximal tow count  
    ). This parameter together with the warp tow 

count are weaving parameters characteristic of the 

structure of a given family of interlock fabrics. Tab. 

1 below specifies the relationships between the tow 

counts for the fabrics. 

On the other hand, the only difference between 

Fabric 1 and Fabric 3 is the number of filaments of 

the fiber tows in the weft direction. Fabric 3 has weft 

tows composed of 72 000 fibers instead of 48 000 

for Fabric 1. The identical warp/weft ratio and the 

same warp tow count means that the distance 

between the heavier weft tows of Fabric 3 is larger 

than in Fabric 1. Hence, as displayed in Tab. 1, the 

weft tow count in Fabric 3 is lower than in Fabric 1. 
 

2.2. Permeability measurement 

The permeability   of a fibrous reinforcement is 

determined using Darcy’s law [14], which in the 

unidirectional case connects the velocity of the fluid 

   with the pressure gradient       and the 

dynamic viscosity  : 

 

   
  

 

  

  
     (1) 

 

Permeability was measured in a unidirectional flow 

experiment consisting of filling a rectangular RTM 

mold with a test liquid of known viscosity. The 

liquid was injected at a constant pressure of 1 bar 

and its velocity in time was measured by tracking 

the position of the flow front. For each 

measurement, the unidirectional permeability is 

calculated following the approach published by 

Ferland et al. [15]. Three series of measurements are 

necessary to obtain the in-plane permeability ellipse 

(see Fig. 2 for an example of such ellipse in a radial 

injection). As described in Demaria et al. [13], tests 

were conducted along the warp, weft and 45° 

directions. The cavity thickness of the mold was 
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adjusted with calibrated frames to achieve a fiber 

volume fraction of 58% for each reinforcement. 

The test liquid is calibrated silicon oil from Dow 

Corning with a viscosity of 50 cSt. The Newtonian 

behavior of this fluid was verified with an Anton 

Paar rheometer. This fluid was chosen because its 

viscosity is close to that of a typical aeronautical 

RTM resin at high temperature.  

2.3. Fabrication setup 

In order to understand how the liquid flows through 

the fibrous reinforcement, a series of fabric samples 

were locked by injecting a polymeric resin, and then 

cut along the warp and weft directions in order to 

analyze the pore size and distribution. For each 

reinforcement, samples of 100*100 mm² were 

injected in a RTM mold at constant pressure with the 

vinylester resin Derakane 411-350 from Ashland 

Inc. The thickness was controlled by calibrated 

shims set in the mold to get the same fiber volume 

fraction as in the permeability tests. In order to 

reduce the quantity of voids in the final parts, resin 

was left bleeding during a few minutes [16, 17], 

after which a consolidation pressure of 3 bars is 

applied in the mold [18]. After demolding, the 

injected parts were cut into thin lamellas following a 

tow along the warp and weft directions. The cut-out 

surfaces were polished and analyzed with a digital 

microscope in order to evaluate the dimensions of 

the cross-section of the macroscopic pores (height, 

width, area). For each fabric and each warp or weft 

direction, six lamellas were prepared from two 

different fabricated parts. 
 

3. Permeability results 

Tab. 2 gives the effective permeability in the three 

directions tested for the three fabrics considered. 

Each permeability represents the average value of 

three tests. The standard deviation is displayed in 

brackets. 

3.1. Influence of the warp/weft ratio 

Fabrics 1 and 2 have a different warp/weft ratio. Fig. 

3 and 4 show respectively the in-plane permeability 

ellipses obtained for Fabrics 1 and 2. The large and 

small axes of these ellipses are defined respectively 

as the square root of the two principal in-plane 

permeability values K1 and K2. derived from the 

effective permeability following the methodology 

described in Demaria et al. [13]. Fabric 1 is clearly 

anisotropic with an ellipse orientation angle of about 

40°. Fabric 2 is less anisotropic; the orientation of its 

ellipse is almost the same as for Fabric 1. 

Comparing in Tab. 2 the experimental data in each 

direction for these two fabrics, it appears that the 

principal difference concerns the permeability at 

90°; the permeability at 0° and 45° are close given 

the scatter of the measurements in terms of the 

standard deviation. 

Each fabric has the same warp tow count (i.e., the 

same quantity of fibers along the warp), whereas in 

the weft direction Fabric 1 has a lower tow count 

(i.e., less fibers). This means that the macroscopic 

pores along the warp have probably the same width 

for both fabrics, while in the weft direction these 

pores are wider in Fabric 1. Moreover, Fabric 1 has 

a lower areal density. Thus, in order to obtain a 

comparable fiber volume fraction for each 

reinforcement, the mold cavity (i.e., the 

reinforcement thickness) must be lower for this 

fabric. This indicates that the macroscopic pores 

along the warp and weft in Fabric 1 have possibly a 

smaller height than in Fabric 2. Thus it seems 

consistent that the permeability values in the warp 

direction are close for both fabrics, because their 

pore sizes are slightly similar. In the weft direction, 

the pores of Fabric 1 have a smaller height and they 

are significantly larger than in Fabric 2. The 

permeability results show that this difference 

facilitates the liquid to flow in this direction. 

3.2. Influence of the size of the fiber tows 

Fig. 5 displays the in-plane permeability ellipse of 

Fabric 3. The same anisotropy as in Fabric 1 is 

observed. However, the ellipse is almost oriented in 

the weft direction. When we compare in Tab. 2 the 

experimental values of    and     for Fabrics 1 and 

3, it appears that this change comes principally from 

a difference of permeability in the warp direction. In 

fact, the warp permeability of Fabric 1 is two times 

higher than that of Fabric 3 while the weft 

permeability values are similar. This means that the 

flow in the warp direction is strongly affected by the 

presence of the 72K weft tows. These tows seem to 

form walls preventing the liquid from flowing from 

one macroscopic pore channel to another. Since the 

areal density are almost identical for these fabrics 

(i.e., the fabric thickness at        is nearly the 
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same), the height of the macroscopic pores has to be 

comparable. However, larger 78K fiber tows occupy 

more space than 48K tows. So the macroscopic pore 

channels are probably more squeezed in Fabric 3, 

thereby causing the significant reduction in 

permeability observed in Fig. 5 in the warp 

direction. 

In the weft direction, Fabric 1 has a higher number 

of macroscopic pores than Fabric 3. However, the 

tow count indicates that these pores are certainly 

thinner. The total volume of macroscopic pores in 

this direction must be identical because both 

reinforcements possess the same warp/weft ratio and 

the same warp tow count. Moreover,     for Fabrics 

1 and 3 are nearly identical. It means in this case 

that, the liquid flows with the same ease in a high 

number of thinner pores than in a smaller number of 

wider pores while the total volume of macroscopic 

pores is identical.  

4. Analysis of pore size and distribution 

4.1. Effective pore distribution 

The aim here is to determine the average pore size 

and distribution for each fabric in each direction at a 

fiber volume fraction of 58%. As shown in Fig. 6, 

the lamellas fabricated permit to observe and analyse 

the macroscopic pore size and distribution in each 

fabric along the warp and weft directions. Pores at 

45° are not studied here because they result from 

complex combination of warp and weft channels. 

However, permeability could be assessed in any 

direction by studying the liquid flow through the 

whole porous network.  

As observed in the example of Fig. 6, the pore 

distribution of a 3D interlock fabric is well defined. 

Despite compaction of the reinforcement at 58% 

fiber volume content, fiber tows (in black) still 

remain in their in-plane initial positions. In this 

example, it is also possible to identify the unit cell. 

Indeed, the column of tows number 9 is the 

repetition of column 1. The pore distribution was 

mapped for each lamella and a microscopic analysis 

of each pore was carried out to determine their size. 

4.2. Pore analysis and modeling 

The numerous pore cross-sections have various 

shapes. However, the particular organisation of this 

kind of fabric resulted in a nearly rectangular shape 

for most of them; hence it seems natural to fit these 

cross-sections by an equivalent rectangle of identical 

area. An equivalent circular or elliptical channel 

could also have been selected. However, it was 

found more appropriate to remain as close as 

possible to the shape of the existing channels. Thus 

each pore will be defined by the semi-height    and 

semi-width    of its equivalent rectangle as shown 

in Fig. 7. 

In order to obtain the mean pore size (i.e., the mean 

rectangle) of the fabrics in each direction, it is 

necessary to analyze the images acquired with the 

microscope. A Matlab routine was created to firstly 

process the raw images (Fig. 8a to 8b), and then to 

fit the rectangular shape (Fig. 8c). The fitted 

rectangle is calculated by the least-square method. 

The area of the rectangle is identical to that of the 

pore. This procedure was applied to each lamella (6 

lamellas for each fabric in each direction) in order to 

determine the height, width and area of the pores. 

An example of pore size identification is shown in 

Fig. 9 for a lamella of Fabric 1. 

It is now possible to calculate the average pore size 

and distribution in each direction of the fabrics 

considered. This information will then be used to 

model with an analytical solution of Stokes equation 

the liquid flow through the fibrous reinforcement. 

5. Poiseuille flow in a rectangular cross-section 

channel 

A fully developed flow of an incompressible 

Newtonian liquid in a long channel of rectangular 

cross-section is governed by the following Poisson 

equation: 
 

                   
    

    
    

    
 

 

  

  
   (2) 

 

The symmetry with respect to the planes     and 

    displayed in Fig. 7 permits to develop 

equation (2) for only one quarter of the channel. In 

this case, the boundary conditions can be written as 

follows:  
 

   ,   
   

  
   

 

    ,        

when           (3) 

   ,     
   

  
   

 

    ,        

ICCM19 5773



 

5  

PERMEABILITY ANALITYCAL MODELING OF 3D INTERLOCK FABRICS  

Since       is not function of   or  , equation (2) 

can be satisfied only when       is constant. This 

term can be eliminated by introducing a new 

dependent variable   
  wich satisfies the Laplace 

equation. Thus, equation (2) can be transformed by 

setting: 

 

  (   )   
 

   

  

  
(  

    )    
 (   ) (4) 

 

with   
  constant on the wall. Substituting equation 

(4) into equations (2) and (3), we get: 
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with the following boundary conditions: 
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The above problem can be solved using the principle 

of separation of variables. After various 

substitutions, the fluid velocity is: 
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Finally, by integrating the velocity profile described 

in equation (7) over the rectangular cross- section, 

the volumetric flow rate   can be calculated as 

follows: 
 

   
       

 

   
(
  

  
)                  (8) 

 

where 
 

  (  
      

     
∑

    (           )

  
 
        ) (9) 

6. Permeability calculation 

Considering now the liquid flowing through a 

fibrous reinforcement, the velocity can be calculated 

as a function of the number of pores    and the 

mean pore dimension: 

 

   
 

          
     (10) 

 

Replacing equation (10) in equation (8) and 

integrating, the pressure drop becomes: 

 

   
           

  
   

     (11) 

 

where   is a dimensionless shape factor and    the 

length of the channel.   is calculated from the ratio 

between the pressure drop in a rectangular channel 

and in a real shape channel.    can be calculated 

from the length of the fabric sample   , the channel 

tortuosity    and the ratio between the tow count in 

the direction perpendicular to the flow and the 

maximum possible tow count     (in the same 

direction): 

 

   
     

  
    (12) 

  

As explained in the introduction, macroscopic pores 

are present along the tows. Thus the channel 

tortuosity is assumed to be equal to the tortuosity of 

the tows. The parameter    permits to correct the 

total length of the channel (i.e.      ) to the length 

really responsible for the pressure drop. In fact, 

when tows perpendicular to the flow are not in 

contact, each channel is divided in multiple sections 

connected between them by free spaces as shown in 

Fig. 10, in which there is no pressure drop. The real 

length     of the channels with pressure drop is thus 

the sum of the sections in the defined direction. It 

can be calculated by dividing the total length by the 

ratio   . 
 

Finally, by integrating equation (1) (when the 

velocity of the injected fluid is constant), the 

permeability becomes: 

 

  
      

        
    (13) 
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where    and    are respectively the thickness and 

the width of the fabric sample. This equation permits 

to connect directly the permeability of three-

dimensional fabrics with the pore size, the 

distribution of the pores in a given direction and the 

characteristic tortuosity of the woven structure of the 

fabric. 
 

7. Results 

7.1. Effective permeability calculation 

Using the dimensions of the macroscopic pores 

obtained by the microscopic analysis and the 

weaving parameters, equation (11) and (13) permits 

to calculate the effective permeability in the warp 

and weft directions of the 3D fabrics investigated. 

As explained in the previous section, the 

permeability at 45° is not calculated here because 

the macroscopic pores are a complex combination of 

warp and weft channels. In order to obtain this 

value, it is necessary to model the liquid flow the 

through the whole fabric, and not only in a channel. 

Fig. 11 and 12 present the comparison between the 

experimental and calculated permeability in the 

warp (0°) and weft (90°) directions respectively. A 

good correlation is observed in both directions. 

These results mean that the permeability model (13) 

is well representative of the fluid flow in the fibrous 

reinforcements considered. 

7.2. Prediction of in-plane permeability ellipses 

In order to obtain the in-plane permeability ellipse, it 

is necessary to determine either another value of 

permeability in a third direction or the angle 

between the major axis of the ellipse and the warp 

direction, namely the so-called   angle. Our 

approach is based on the existence of continuous 

oriented channels along the two weaving directions, 

i.e. warp and weft. There is thus a priori no third 

channel orientation in the plane of the fabric. This 

can make the determination of the  angle   simpler. 

This angle can be hypothetically derived from 

parameters of the fabric architecture. From the 

experimental permeability results obtained earlier 

for these kinds of fabric, the ratio of the warp over 

the weft tow counts is assumed to play a significant 

role (if other weaving parameters are similar), so 

that the following hypothesis can be emitted: if 

         , the flow is clearly promoted in the 

weft direction; on the contrary, if            , 

the flow will take place mainly in the warp direction. 

In these specific cases, the ellipse will be oriented 

respectively along the weft (     ) or along the 

warp (    ). Based on this assumption, the ellipse 

orientation of Fabric 3 is defined as 90°. 

Fabrics 1 and 2 are not in this configuration. 

However, any identical woven fabric with a 

warp/weft ratio of 70C/30T will be. Thus the 

corresponding ellipse orientation will also be 90°. 

Then interpolating these values of   for the real 

warp/weft ratio of Fabrics 1 and 2 leads to: 

 

       
     

     
          (14) 

which gives an orientation of the permeability 

ellipse of 60° for Fabric 1 and 38.6° for Fabric 2. 

Once the value of   ,     and   are known, the 

principal permeability values    and    can be 

calculated by the formula [13]: 

 
 

   
        

       (      )    (  )
  (15) 

 

and 
 

   
        

       (      )    (  )
  (16) 

 
 

Finally, in-plane permeability ellipses can be drawn. 

Fig. 13, 14 and 15 show the predicted ellipses (plain 

line) compared to the measured ones (dotted line) 

for Fabrics 1, 2 and 3 respectively. A good 

correlation is observed in the three cases.  

8. Conclusion 

The permeability of three three-dimensional 

interlock fabrics with different weaving parameters 

was measured by unidirectional injections carried 

out at constant pressure in a rectangular test mold. In 

a first analysis of the experimental results, the 

weaving parameters appeared to be connected with 

the liquid flow behavior. Based on this affirmation 

and on the architecture of the 3D woven fabrics, the 

macroscopic pores were identified as the main 

source of pressure drop in a RTM injection. The 

macroscopic pore size and distribution were 

investigated via a microscopic analysis conducted on 

lamellas cut out from composite samples fabricated 
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by resin injection. An average pore size was then 

calculated for each fabric in the warp and weft 

directions.  

In parallel, a model derived from the exact solution 

of the pressure drop of a liquid flowing in a 

rectangular channel was created. This model was 

adapted for the specific case of 3D interlock fabrics 

in order to connect the predicted directional 

permeability to the pore size, the distribution of 

pores and their tortuosity. This model was then 

applied in the warp and weft directions to the three 

fabrics considered using data collected from the 

microscopic analysis. A good correlation between 

predicted and experimental results was obtained for 

permeability in the warp and weft directions. 

The orientation of the in-plane permeability ellipse 

was also predicted as a function of the warp over 

weft tow count. This allowed calculating the 

principal permeability tensor for each fabric. A good 

correlation was also observed between the 

experimental and predicted permeability ellipses. 

This analysis shows that the permeability of 3D 

interlock fabrics can be predicted. However, the 

macroscopic pore size and distribution have to be 

determined. The next step of this investigation 

would be to find the relationship between the 

weaving parameters and the pore properties in order 

to predict the permeability without any experimental 

analysis. Finally, this model could possibly be 

generalized to other kinds of 3D reinforcements. 
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Fig. 1 – Example of 3D interlock fabric. 

 

 

Tab. 1 - Details of fabric weaving parameters 

 1 2 3 

Areal density 

(    ) 
11770 14564 11686 

Ratio warp/weft 60C/40T 50C/50T 60C/40T 

Number of 
fibers/tow 

48K/48K 48K/48K 48K/72K 

Warp tow count 
(tows/cm/ply) 

               

Weft tow count 
(tows/cm/ply) 

 

 
          

 

 
     

 

 

 
Fig. 2 – Satin weave in-plane permeability ellipse 

observed by Endruweit et al. [19]. 

 

 

Tab. 2 – Effective permeability results 

            

1     (     )         (     )         (     )     

2     (     )         (     )         (     )     

3     (     )         (     )         (     )     

 

 

 

 

 

Fig. 3 – Measured in-plane permeability ellipse of 

Fabric 1. 

 

 

 
 

Fig. 4 – Measured in-plane permeability ellipse of 

Fabric 2. 
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Fig. 5 – Measured in-plane permeability ellipse of 

Fabric 3. 

 

 

 

Fig. 6 – Mapping of part of a Fabric 1 lamella 

(vertical cross-section in a perpendicular direction to 

the weft). 

 

 

 

 
Fig. 7 – Definition of the equivalent pore channel 10  

dimensions. 

 
(a)                         (b)                         (c) 

Fig. 8 – Pore image processing: (a) raw image, (b) 

processed image and (c) rectangular fit. 
 

 

 

Fig. 9 – Pore height distribution obtained for a 

lamella of Fabric 1. The full line is the equivalent 

normal distribution. 

 
 

 
 

Fig. 10 – Connectivity of the pore channels. 
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Fig. 11 – Measured and calculated effective 

permeability at 0°. 

 

 

 
Fig. 12 – Measured and calculated effective 

permeability at 90°. 

 

 

 
 

Fig. 13 – Predicted (plain line) and experimental 

(dotted line) permeability ellipses for Fabric 1. 

 

 
 

Fig. 14 – Predicted (plain line) and experimental 

(dotted line) permeability ellipses for Fabric 2. 

 

 

 
 

Fig. 15 – Predicted (plain line) and experimental 

(dotted line) permeability ellipses for Fabric 3. 

 

0.0E+00

5.0E-11

1.0E-10

1.5E-10

2.0E-10

Fabric 1 Fabric 2 Fabric 3

P
e

rm
ea

b
ili

ty
 (

m
²)

 K0 exp. K0 calc.

0.0E+00

5.0E-11

1.0E-10

1.5E-10

2.0E-10

2.5E-10

3.0E-10

Fabric 1 Fabric 2 Fabric 3

P
e

rm
e

ab
ili

ty
 (

m
²)

 K90 exp. K90 calc.

Warp 

Weft 

√        

Warp 

Weft 

√        

Warp 

Weft 

√        

ICCM19 5780



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction  

Tubular braided composites contain woven fibers 

which are cured in a resin matrix [1].  The material 

properties of braids can be altered by varying the 

fibers or resin materials [1, 2].   The stiffness of 

braided composites can also be altered by 

controlling the amount of matrix only regions in 

open-mesh braid configurations [3].  The ability to 

control material properties makes this an attractive 

manufacturing method for products that have 

specific stiffness requirements like the design rocket 

launch tubes, braided air ducts and aircraft support 

structures or medical applications like 

cardiovascular catheters [4, 5].   

Tubular braided composites are manufactured using 

a Maypole braider [1, 2].  The braid preform 

architecture is varied by altering the speed of the 

braid mandrel or the fiber carrier speed [1].  

In general, the material properties of composites are 

more difficult to determine than conventional 

engineering materials such as metals and plastics 

due to their inhomogeneous nature [6]. Material 

properties of braided composites have mostly been 

measured using either strain gauges or 

extensometers but these techniques do not describe 

the full field behavior of braided composites [6-8].  

As well, there is limited experimental data, with 

small experimental variations or errors, for tubular 

braids [5].  Variations in longitudinal elastic 

modulus of 17.6% are typical for tubular braided 

composites [9].   

A measurement technique is required that can 

measure the full behavior of braided composites so 

that material properties can be accurately be 

determined.  Therefore a new contact- free imaging 

method has been developed to describe the behavior 

of open and closed mesh braided composites.   

Optical measurement techniques have been applied 

to measurement of flat textile composites [10] and 

stereo imaging techniques have been applied to 

filament wound pressure vessels [11]. The behavior 

of braided tubular composites has been analyzed 

previously using a three dimensional digital image 

correlation technique (3D DIC) [12].  The study by 

Leung et al. [12] utilized two high resolution 

cameras and a stereo microscope to evaluate tubular 

braided allowing for a single unit cell to be viewed. 

A unit cell is assumed to represent the entire braid 

behavior [13]. All unit cells are assumed to have the 

same braid angle and have the same fiber and 

volume fractions.  Material properties are also 

assumed to be constant for all braid unit cells [9, 

14].   

A new experimental setup is described to evaluate 

tubular braided composites.  This method allows for 

numerous braid unit cells to be investigated 

describing the macro-scale behavior of tubular 

braided composites. The accuracy and repeatability 

of the contact free measurement technique will be 

assessed. As well, time dependency of tubular 

braided composites with a rigid thermoset matrix 

will be examined.  The measurement of strain and 

changes to braid geometry due to applied tensile 

loads will be demonstrated.  Finally, the longitudinal 

elastic modulus of tubular samples will be 

determined using strain calculated from 3D DIC 

optical measurements.   

2 Methods 

Braided Composite Manufacturing Process 

The braided composite preforms were manufactured 

using a horizontal braider (Steeger USA K80-72, 

Steeger USA, Inman, South Carolina).  Kevlar fibers 

(Kevlar49, 5680 Denier, Dupont, Mississauga On, 

Canada) were used as the reinforcement material.  

3D DIC MEASUREMENT OF TUBULAR BRAIDED 

COMPOSITES  
 

G.W. Melenka
1
, D.S. Nobes

1
, J.P. Carey

1
* 

1
 Mechanical Engineering, University of Alberta, Edmonton, Canada, 

* Corresponding author: (jason.carey@ualberta.ca) 

 

Keywords: tubular braided composites, strain measurement, digital image correlation 

ICCM19 5781

mailto:correspondingauthor@iccm19.org


 

 

The braid performs were placed over a 7/16” outer 

diameter polytetrafluoroethylene (PTFE) mandrel 

and impregnated with EPON 825 (Momentive 

Specialty Chemicals Inc., Columbus, OH) and 

Ancamine 1482 hardener (Air Products and 

Chemicals, Allentown, PA) thermoset resin mixed at 

a ratio of 100:19.  The impregnated braid was cured 

in an oven at 110°C for 2 hours.  The end tabs were 

bonded to be tubular braid samples using the same 

epoxy resin and curing process [12, 15-17]. Once the 

tubular braids were cured they were cut to length 

and then bonded to end tabs. All braids were cut to a 

length of 90mm [12]. 

Examples of tubular braid preforms and cured braids 

are presented in Fig. 1. The coordinate system 

associated with all braided structures is also shown. 

In this figure y- axis is defined as parallel to the long 

axis of the braid, x-axis positive to the right, and z- 

axis positive out of the page.   

Testing Apparatus 

The tubular braided composites were examined 

using the experimental setup shown in Fig. 2. The 

experimental setup allows for strain due to applied 

tensile loads to be measured as well as geometric 

changes to the braid geometry.  Tensile loads were 

applied using a tensile frame (MTS, Eden Prairie, 

MN, USA).  The MTS tensile frame was controlled 

with a data acquisition system (NI-USB 6211 DAQ, 

National Instruments, Austin, TX).  Tensile loads 

applied to the tubular braids were measured using a 

load cell (1000 ± 15lb load cell, 661.12B, MTS, 

Eden Prairie, MN, USA) The tubular braids were 

imaged using two web cameras which have a 1920 x 

1080 pixel array (Microsoft, LifeCam Studio, 

Redmond, WA).  Samples were illuminated using an 

ultraviolet (UV) light emitting diode (LED) (UV 

(365 nm) Mounted High Power LED M365L2, 

ThorLabs, Newton NJ). The cameras were rotated 

around the sample using a motorized rotation stage 

(Thor Labs Continuous Rotation Stage with Stepper 

Motor, NR360S, Newton, NJ) to allow for strain 

measurements around the braid circumference 

instead of one static position.  The motorized 

rotation stage is controlled by a stepper motor 

controller (ThorLabs apt Stepper Motor Controller, 

BSC201, Newton, NJ).  Control of the MTS tensile 

frame, web cameras, rotation stage and UV LED is 

achieved through a custom software program 

(MATLAB, 2009a, The Math Works, Natick, MA).   

Three Dimensional Digital Image Correlation 

Digital image correlation (DIC) is an optical 

measurement technique that measures displacement 

by comparing the gray scale intensity between 

reference and deformed image sets [18].  Three 

dimensional digital image correlation (3D DIC) 

allows for measurement of in-plane and out-of-plane 

displacement of an object [19, 20] through the use of 

two cameras.   

The DIC measurement technique involves four main 

steps: (1) camera calibration (2) sample preparation 

(3) image collection (4) and image post processing 

[21].  Camera calibration converts from camera 

pixel space into test specimen physical space. The 

test specimen is prepared by applying a random 

speckle pattern to the surface; this is required to 

allow the DIC measurement technique to compare 

the grayscale intensity between the reference and 

deformed images to determine deformation.  The 

tubular braid surface was first prepared by coating 

the surface with black spray paint (Indoor/Outdoor, 

Krylon Products Group, Cleveland, OH) to reduce 

the reflectivity of the braid surface. The speckle 

pattern was applied to the tubular braid samples 

using a high quality airbrush (Custom Micron B, 

Iwata Medea Inc., Portland, OR) and fluorescent 

paint 5404 Fluorescent Green Createx Airbrush 

Colors, Createx Colors, East Granby CT).  A similar 

method for preparing samples was described by 

Leung et al. [12]. Once the speckle pattern is 

applied; images before and after deformation are 

collected and then post-processed to determine 

displacement and strain fields.   

Collected images of the braid samples were 

processed using a commercial software package 

(DaVis version 8.0.8 StrainMaster 3D, LaVision 

GmbH, Gottingen, Germany) to measure 

displacement and strain.  Displacement and strain 

will be measured around the braid circumference.  

The change in braid angle will also be optically 

measured using the 3D DIC optical measurement 

technique.  
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Loading Procedure 

Tensile loads are applied to the tubular braid 

samples by displacing the MTS linear actuator in 

known increments.  At each increment the load cell 

and MTS actuator position is recorded.  Images 

around the circumference of the tubular braid are 

recorded by rotating the web cameras around the 

braid sample using the motorized rotation stage.  

Once the images are collected the MTS linear 

actuator will be displaced to the next position.  A 

plot of the MTS actuator motion against increment 

number is shown in Fig. 3.  This figure shows that 

the MTS actuator will move in increments at a 

specified rate of 1mm/min [3].  This sequence will 

continue until the maximum specified actuator 

displacement has been reached.   

Images of the tubular braid samples were collected 

at four angles (0°, 30°, 60°, and 90°) around the 

braid circumference to assess variations in measured 

strains.  Variations in strain of the tubular braids 

may be caused by non-uniform fiber distribution, 

voids in the epoxy matrix or off-axis loading of the 

tubular braid sample.  Example images of a tubular 

braid sample at four angles are shown in Fig. 4 as 

well as the random speckle pattern applied using the 

airbrush and fluorescent paint.   

Accuracy of 3D DIC Measurement 

The accuracy of the 3D DIC measurement was 

assessed by displacing a tubular braid sample in 

known increments.  A similar method for assessing 

the accuracy of 3D DIC was outlined by Haddadi et 

al. [22].  Displacement of the sample was achieved 

using the linear actuator of the MTS tensile frame.  

The sample was not fastened to the load cell 

allowing for the it to freely displace with the linear 

actuator.  The sample was displaced a total distance 

of 1.7 mm over 20 increments.  A total of 160 

images were collected for each sample displacement 

test.  This procedure was repeated 10 times for the 

same tubular braid sample.   

Time Dependency of Tubular Braid Testing 

Collection of images around the braid circumference 

requires a time delay to allow for the cameras to be 

rotated using the motorized rotation stage.  To assess 

any potential viscoelastic behavior three samples 

were imaged while applying a constant force of 918 

± 19 N using the MTS tensile frame.  Images of the 

braid sample were collected at four angles (0°, 30°, 

60°, and 90°) around the braid circumference.  The 

cameras were rotated around the tubular braid 20 

times for each sample to examine if the tubular 

braids exhibit viscoelastic behavior as a function of 

position around the braid circumference. 

Braid Strain Measurement 

A tubular braid sample will be assessed to examine 

the longitudinal and transverse strain pattern that 

occurs due to applied tensile loads.  Strain will be 

examined along the profile of a line parallel to the 

longitudinal axis of the tubular braid.  Measurement 

of strain along the tubular braid longitudinal axis 

will allow for the strain distribution along multiple 

unit cells to be examined. 

Braid Geometry Measurement 

The stereo images of the tubular braid samples were 

used to recreate the 3D braid surface using the 3D 

DIC optical measurement technique.  The 3D braid 

surfaces were used to quantify the change in braid 

angle that occurs due to applied tensile loads.  An 

example of a braid geometry recreated from the 3D 

DIC optical measurements is shown in Fig. 5.  This 

figure shows the 3D braid surface before and after 

deformation (Fig. 5 (a) and (b) respectively).  A 

distinct necking region can be seen for the braid in 

Fig. 5 (b) for an applied displacement of 1.7mm.  

The image of the 3D braid surfaces were created 

using a scientific visualization package (ParaView, 

Kitware, Inc. Clifton Park, New York). 

A 2D projection of the braid surface was used to 

determine braid angle. A similar method for 

optically measuring braid angle was described by 

Leung [23].  Previously, braid angle has been 

measured by wrapping transparent paper onto the 

braid surface and using a protractor to measure braid 

angle [24]. The optical method also allows for braid 

angle to be measured before and after deformation 

of the tubular braid samples. The angle of the braid 

fibers was found by creating lines which are parallel 

to the braid fiber tows as shown in Fig. 6 (a).  The 
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angle of the braid fibers was determined using the 

following equation: 
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12

1
arctan

mm

mm
  (1) 

Where m1  and m2 represent the slopes of the two 

fiber tows and θ is the angle between the two fiber 

tows.  Braid angle is measured from the longitudinal 

axis of the tubular braid [15], therefore the measured 

braid angle from the longitudinal axis is equal to θ 

/2.  Fig. 6 (a) and (b) show the change in braid angle 

that occurred for a tubular braid sample and the 

determined braid angle change using Equation (1).   

Longitudinal Elastic Modulus 

The longitudinal elastic modulus of the tubular 

braided composite samples was determined using 

strain from the 3D DIC measurements of the tubular 

braid samples and from the load cell force 

measurements.  For all braid samples a rectangular 

region of 10 x 20 mm was selected to determine the 

average longitudinal strain.  An example of the 

rectangular region for strain calculation is shown in 

Fig. 7.  The longitudinal elastic modulus will be 

determined at four angles (0°, 30°, 60°, and 90°) to 

determine if the longitudinal modulus varies around 

the braid circumference.   

3 Results and Discussion 

Accuracy of 3D DIC Measurement 

The accuracy of the optical measurement of the 

tubular braid samples was assessed by displacing a 

tubular braid sample in known increments.  The 

results of the displacement of the tubular braid 

sample are shown in Fig. 8.  This figure shows that 

the correlated displacements for the tubular braid 

agree with the expected displacements.  This figure 

also shows the maximum variation that occurred for 

the 10 replications.  From this figure it can be seen 

that the maximum variation for the 3D DIC 

displacement measurements at each rotation position 

(0°, 30°, 60°, and 90°) are on the order of 0.015mm.   

Time Dependency of Tubular Braid Testing 

The results for the constant force test to assess 

viscoelastic behavior are shown in Fig. 9.  Fig. 9 

shows the displacement results measured using the 

3D DIC measurement technique for the three tubular 

braid samples.  This figure shows that the maximum 

displacement for the three samples is on the order of 

0.005mm. Therefore the tubular braids manufactured 

with Kevlar49 fibers and EPON 825 / Ancamine 

1482 resin do not exhibit a significant viscoelastic 

effect. As a result, the delay required to allow image 

collection around the braid circumference is 

expected to have little effect on the displacement or 

strain of the tubular braid samples.   

Braid Strain Measurement 

A tubular braid sample was assessed to examine the 

longitudinal and transverse strain pattern that occurs 

due to applied tensile loads.  A representative strain 

pattern for a tubular braid sample for a maximum 

displacement of 1.7mm at the 0° position of the 

motorized rotation stage is shown in Fig. 10 and Fig. 

11.  The braid sample in Fig. 10 and Fig. 11 shows 

that necking occurred between the positions of 0 and 

40mm along the y- axis. Fig. 10 (a) and Fig. 11 (a) 

show a two dimensional image of a tubular braid 

with a color map that represents the transverse and 

longitudinal strain that occurred for the tubular braid 

sample. An example profile line for the 

measurement of strain is also shown in these images.   

The sub-figures (b - e) in Fig. 10 show the resulting 

transverse strain along the longitudinal axis of the 

tubular braid sample at the measured four angles (0°, 

30°, 60°, and 90°).  Similarly, sub-figures (b - e) in 

Fig. 11 show the resulting longitudinal strain along 

the longitudinal axis of the tubular braid sample at 

four angles.  Sub-figures (b - e) for both Fig. 10 and 

Fig. 11 show the strain that occurs at 0.425, 0.85, 

1.275 and 1.7 mm actuator stroke.   

The sub-figures (b - e) for both Fig. 10 and Fig. 11 

show that a periodic pattern occurs for the transverse 

and longitudinal strain between -20 and 20 mm 

along the longitudinal braid axis.  A periodic strain 

pattern is expected for the tubular braid due to the 

repeating nature of the braid fiber tows.  A diamond 

braid configuration was used in this study therefore 

the braid fibers form a “one-under-one-over 

pattern”. The cross-over between the two fiber 

ICCM19 5784



 

5  

3D DIC MEASUREMENT OF TUBULAR BRAIDED COMPOSITES 

strands results in a periodic fiber pattern. A 

repeating strain pattern for flat textile composites 

has also been demonstrated by Ivanov et al [10]. 

Each of the sub-figures (b - e) show that strain 

increases in the braid sample as the displacement of 

the MTS linear actuator increases.   

Strain measurements along the longitudinal axis of a 

tubular braid sample demonstrate the strain varies 

along the braid axis.  Therefore, single point strain 

measurement devices like strain gauges or 

extensometers are not adequate for describing the 

strain behavior of tubular braids.  Strain gauges have 

been shown to fail prematurely at 3% strain and the 

composites can exhibit shear deformation due to a 

scissoring effect of the fibers [6].   Matrix cracking 

can also occur for tubular braided composites under 

tensile loads [12].  As well measurement of a single 

braid unit cell is not sufficient to describe braid 

behavior as Fig. 10 and Fig. 11 show that strain 

varies along the longitudinal braid axis.   

Braid Geometry Measurement 

Tensile loads were applied to eight (8) tubular braid 

samples using the MTS tensile frame.  The braid 

samples were displaced a total distance of 1.7mm in 

20 increments and images were collected at 0°, 30°, 

60°, and 90° around the braid sample.  The 3D braid 

surface was recreated using the collected stereo 

images and the 3D DIC optical measurement 

technique.  The braid angles before and after 

deformation were determine using Equation (1).  

The results for the maximum braid angle 

measurements for the 8 braid samples are shown in 

Table 1.  Table 1 shows that the tubular braid 

samples had an original braid angle of 30.2 ± 2.6°.  

As well the average braid angle change (Δθ) was 

found to be 2.88 ± 1.6°.  The braid angle change of 

2.88° indicates that the braid fibers have exhibited a 

scissoring effect as the resin matrix of the braids has 

failed [6].  Table 1 demonstrates that the braid angle 

change of the tubular braids varies around the 

circumference of the tubular braid samples.   

The variation in the braid angle change around braid 

circumference may be due to inconsistencies in the 

manufacturing of the tubular braids.  Variations in 

braid angle change may also be due to combined 

loading caused by misalignment between the end 

tabs.  Changes to braid angle are necessary to predict 

the material properties of tubular braided composites 

[12].   

The tubular braid samples were also examined to 

determine the braid angle change prior to failure of 

the epoxy matrix.  The results of braid angle change 

prior to failure are shown in Table 2.  This table 

shows that the average braid angle change was 1.25 

± 0.54°.  Table 2 also shows that braid angle change 

varies around the braid circumference.   

A similar braid angle change was determined by 

Leung et al [12] where a braid angle change of 0.8 ± 

0.33° was found for tubular braids with an initial 

braid angle of 42.48 ± 1.96°.  The difference in braid 

angle change between this study and the study by 

Leung et al [12] may be due to the difference in 

initial braid angle.   

Longitudinal Elastic Modulus 

The longitudinal elastic modulus was determined for 

eight (8) tubular braid samples tested using the MTS 

tensile frame and 3D DIC optical measurement 

technique.  The resulting elastic moduli are shown in 

Table 3.  This table shows the variation in elastic 

modulus between braid samples as well as the 

variation with position around the braid 

circumference.  This table shows that the maximum 

variation in longitudinal elastic modulus was 1.22 

GPa.  As well, Table 3 shows that the average 

longitudinal elastic modulus for the braid samples 

was 17.41 ± 3.52 GPa.  The variation in longitudinal 

elastic modulus in this study has been found to be 

20.2% of the mean value.   

A study by Carey et al. [9] compared the predicted 

longitudinal elastic modulus using classical laminate 

plate theory (CLPT) and a modified CLPT model for 

tubular braids manufactured with Kevlar49/ 

Ancamine1482.  The CLPT model predicts a 

longitudinal elastic modulus of 25 GPa for a braid 

with a 30° braid angle while the generalized CLPT 

model predicts a longitudinal modulus of 15 GPa.  

Experimentally determined longitudinal elastic 

moduli for 50° tubular were found to have a 

variation of 17.6%.  Therefore, similar results for 

tubular braided composites manufactured with 
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Kevlar49/ Ancamine1482 have been found by Carey 

et al. [9].   

The variation in longitudinal elastic modulus could 

be reduced by manufacturing braids with more 

consistent braid angles.  The tubular braids in this 

study we found to have a braid angle of 30.2 ± 2.6°.  

The variation in initial braid angle will have an 

influence on the longitudinal elastic modulus [9].   

5 Conclusions 

A new experimental setup for evaluating tubular 

braided composites was developed.  The 

experimental setup utilizes a stereo camera 

configuration and motorized rotation stage to 

capture the macroscopic tubular braided behavior. 

This method allows for numerous braid unit cells to 

be investigated.  

In this study method for testing tubular braided 

composites has been described.  The accuracy and 

repeatability of the experimental setup was 

evaluated.  Finally, tubular braided composite 

samples were measured to determine the change in 

braid angle due to applied tensile loads and to 

determine the longitudinal elastic modulus for the 

braid samples.   

The experimental setup has been evaluated to assess 

the accuracy of the 3D DIC optical measurements 

and to determine if the tubular braided composites 

used in this study exhibit viscoelastic behavior.  The 

maximum variation for the 3D DIC displacement 

measurements were determined to be on the order of 

0.015mm.  As well, the tubular braided composites 

used in this study did not exhibit viscoelastic 

behavior for a constant applied load.   

The resulting strain pattern for a tubular braided 

composite was determined using the 3D DIC optical 

measurement technique.  The results demonstrate 

that strain varies along the braid axis.  As well, 

optical measurement of a single braid unit cell is not 

sufficient to describe braid the entire braid behavior.    

Multiple tubular braid samples were investigated to 

quantify braid angle change due to applied tensile 

loads.  The braid angle investigation demonstrated 

that the braid angle change of the tubular braids 

varies around the circumference of the tubular braid 

samples.  Variations in braid angle change may be 

caused by combined loading between the end tabs or 

inconsistencies in the braid manufacturing process. 

The ability to view multiple regions around the braid 

circumference allows for the manufacturing 

consistency of the tubular braids to be evaluated.   

Finally, the experimental setup was used to 

experimentally determine the longitudinal elastic 

modulus for tubular braid samples braided 

composites.  A longitudinal elastic modulus of 17.41 

± 3.52 GPa was found for the tubular braid samples. 

The experimental setup will further be used to 

experimental determine the elastic constants for 

tubular braided composites. Tubular braids of 

varying geometry and material properties will be 

evaluated using this experimental setup.   
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7 Figures 

 
Fig 1: Tubular braided composites. Left: Kevlar49 braid preform. 

Right: Kevlar49 braid preform cured with Epon825/Ancamine1482 
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Fig 2: MTS tensile apparatus to measure strain and material 

properties of braided tubular composites 

 

 

 
Fig 3: Applied displacement plot for the tubular braided composite 

test samples 

 

    
(a) (b) (c) (d) 

Fig 4: Braid angle measurements (a) 0° (b) 30° (c) 60° (d) 90° 

 

  

(a) (b) 
Fig. 5: Tubular braid surface(a) before applied tensile load (b) after applied tensile load 
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Fig 6: Tubular braid angle measurement (a) Braid angle before applied tensile load (b) braid angle after applied tensile load 
 

 
Fig 7: Rectangular region to determine longitudinal strain of 

tubular braid samples 
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Fig 8: Bulk motion of a tubular braid sample to verify the 

accuracy of the 3D DIC optical measurement 
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Fig 9: Examination of time dependency on the displacement of 

tubular braid samples for a constant applied force 
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Fig 10: Transverse strain εxx along the longitudinal axis of a tubular braid sample (a) Maximum transverse strain εxx (b) Rotation stage position θ 

= 0° (c) Rotation stage position θ = 30° (d) Rotation stage position θ =60° (e) Rotation stage position θ = 90° 
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Fig 11:  Longitudinal strain εyy along the longitudinal axis of a tubular braid sample (a) Maximum longitudinal strain εyy (b) Rotation stage 

position θ = 0° (c) Rotation stage position θ = 30° (d) Rotation stage position θ =60° (e) Rotation stage position θ = 90° 
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Table 1: Tubular braided composite maximum angle change due to applied load 

 
Angle 0 Angle 30 Angle 60 Angle 90 

  

Braid Original Final Δθ Original Final Δθ Original Final Δθ Original Final Δθ Average Standard Deviation 

1 33.1 30.7 2.4 32.8 28.9 3.9 32.6 29.8 2.8 29.6 26.2 3.4 3.15 0.66 

2 27.5 25.6 1.9 30.2 27.3 2.9 34.9 31.7 3.2 27.7 21.7 6 3.5 1.76 

3 34.8 34.4 0.4 33.2 33.3 -0.1 32 33.4 -1.4 29.6 28.5 1.1 0.00 1.06 

4 26.9 23.3 3.6 29.4 25.8 3.6 32.8 30.5 2.3 26.5 25.2 1.3 2.7 1.12 

5 31.2 31 0.2 32.9 28.6 4.3 27.8 27.8 0 28.2 26.5 1.7 1.55 1.98 

6 31.8 31 0.8 24.9 23.1 1.8 29.4 24.4 5 28.5 24.7 3.8 2.85 1.90 

7 31.9 22.6 9.3 27.3 21.8 5.5 30.5 25.4 5.1 27.7 26.6 1.1 5.25 3.35 

8 32.1 30.6 1.5 31.3 25 6.3 31.7 27 4.7 26.8 23.2 3.6 4.02 2.02 

 
            

2.88 1.58 

 
 

Table 2: Tubular braided composite angle change prior to braid failure due to applied load 

 Angle 0 Angle 30 Angle 60 Angle 90   

Braid Δθ Δθ Δθ Δθ Average Standard Deviation 

1 1.2 1.9 0.3 0.2 0.9 0.80 

2 1.8 0.4 0.4 0.8 0.85 0.66 

3 0.8 1.8 0.8 1.1 1.125 0.47 

4 2.2 0.7 0.1 0.2 0.8 0.97 

5 2.6 1 0.6 2.4 1.65 1.00 

6 0.7 0.4 4.2 3.5 2.2 1.93 

7 1.9 0.8 3.5 0.7 1.725 1.30 

8 0.2 0.6 0.9 1.2 0.725 0.43 

Average 1.43 0.95 1.35 1.26 1.25 0.54 

 

Table 3: Longitudinal elastic modulus for tubular braided composite samples 

Braid Angle 0 Angle 30 Angle 60 Angle 90 Average Standard Deviation 

1 21.87 22.04 22.94 21.26 22.03 0.69 

2 17.56 18.73 19.12 19.15 18.64 0.75 

3 12.32 11.16 11.09 11.71 11.57 0.57 

4 18.38 19.08 19.48 21.09 19.51 1.15 

5 19.90 18.68 18.29 16.95 16.95 1.22 

6 18.03 19.24 19.86 20.61 19.43 1.09 

7 10.98 13.17 13.17 14.24 12.89 1.37 

8 19.46 18.74 17.86 17.03 18.27 1.06 

Average 17.31 17.61 17.73 17.76 17.41 
 

Standard Deviation 3.76 3.58 3.81 3.45 3.52 
 

 

ICCM19 5792



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. General Introduction  

Processes such as Liquid Composite Molding 

(LCM) are increasingly used to manufacture 

structural composites. Especially when it comes to 

thick parts of variable thickness, LCM processes 

may well be the only way to go. The preforming 

stage consists of compressing the fibrous 

reinforcement until the targeted fiber volume 

fraction is reached. The compaction force necessary 

to obtain a given fiber volume fraction depends not 

only on the architecture of the fibrous reinforcement, 

but also on processing parameters such as for 

example the compaction speed and  lubrication [1].  

Compaction of the fibrous reinforcement before 

resin injection plays a key role on the quality of the 

final composite. For these reasons, it is important to 

understand how the architecture of the fiber bed and 

the processing parameters affect the compaction 

behavior.  Numerous experimental and theoretical 

investigations have studied stacks of two-

dimensional fibrous laminates, for which a random 

phenomenon called nesting plays  a significant role 

[2]. However, few researchers have studied the 

compaction of three-dimensional fabrics.  

The goals of this investigation are to understand the 

influence of the woven architecture on the dry 

compaction and relaxation of 3D interlock fabrics 

and model the observed behavior. Firstly, 

compaction tests were carried out on single tows and 

on fibrous reinforcements. In parallel, composite 

parts were fabricated to perform a microscopic 

analysis of the fabrics deformation after 

compression at a given fiber volume fraction. 

Combining both experimental data, it appears that 

two main phenomena govern the compaction of 

fibrous reinforcements. The first one called tow 

flattening takes place at the level of the filaments 

contained in the fiber tows, which are squeezed and 

change shape under the effect of the compression 

force. The second phenomenon is tow bending 

which occurs at the level of the fabric structure.  

Since there is no nesting in three-dimensional woven 

fabrics, the compaction behavior turns out to be 

easier to model than in stacks of laminates. A model 

based on experimental observations was devised to 

connect the compaction behavior with the 

deformations of the fabric resulting from tow 

flattening and bending. Finally, it turns out that the 

end-of-relaxation force can also be determined as a 

result of the compaction model.  

2. Description of experiments 

2.1. Fabric specifications  

Three three-dimensional interlock fabrics of areal 

density 11770 g/m² (fabric 1), 14 564 g/m² (fabric 2) 

and 11686 g/m² (fabric 3) were selected to highlight 

the influence of weaving parameters on the 

compaction behavior. These fabrics have the same 

weaving pattern, the same number of interlock plies 

(8 layers) and the same kind of carbon fibers. Each 

of the 8 plies is composed of intersecting warp and 

weft tows that are superposed through the thickness 

of the fabric. 

The only different weaving parameter between 

Fabric 1 and Fabric 2 is the warp/weft ratio. This 

means that the overall distribution of fibers is 

different. For example, a ratio of 60C/40T means 

that 60% of the mass is distributed along the warp 

and 40% along the weft. However, these fabrics are 

composed of the same kind of tows, i.e., with the 

same number of filaments per tow and have the 

same warp tow count by ply (number of tows in the 

warp direction by centimeter). Thus, as shown in 
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Tab. 1, the difference in directional fiber volume 

fraction is achieved by increasing or decreasing the 

number of tows in the weft direction (i.e., changing 

the weft tow count from the maximal tow count  
    ). This parameter as well as the warp tow count 

are weaving structural parameters characteristic of a 

given family of interlock fabrics. Tab. 1 below 

specifies the relationships between the tow counts 

for the fabrics considered. 

On the other hand, the only difference between 

Fabric 1 and Fabric 3 is the number of filaments of 

the fiber tows in the weft direction. Fabric 3 has weft 

tows composed of 72 000 fibers instead of 48 000 

for Fabric 1. The identical warp/weft ratio and the 

same warp tow count means that the distance 

between the heavier weft tows of Fabric 3 is larger 

than in Fabric 1. Hence, as displayed in Tab. 1, the 

weft tow count in Fabric 3 is lower than in Fabric 1. 

2.2. Compaction tests 

Two series of compaction tests were carried out: 

firstly to compress a single tow, and then to compact 

the whole fabric. Both tests have been carried out on 

dry samples with a standard tension-compression 

machine. 

In the first tests, single tows of 48K and 72K were 

compressed between two parallel platens at 

predetermined forces. For each level of force, the 

width and thickness of the tows are measured, and 

then a relationship can be derived between the 

compaction force and the deformation of the tow. 

In the second series of tests, fabric samples of 

100*100 mm² were compacted between two platens 

with displacement control until a fiber volume 

fraction of 58% was reached. Then, the thickness is 

maintained during 10 minutes to allow a relaxation 

of the reinforcement. In order to eliminate at this 

stage the influence of processing parameters, the 

experiments for the three fabrics were carried out 

without lubrication and at the same compaction 

speed.  These tests provide the maximum and end-

of-relaxation forces.  

In order to understand how the tows are deformed 

during the compaction tests, fabric samples will be 

locked by injection of a polymeric resin after 

compaction. Then, by cutting the samples along the 

warp and the weft, it will be possible to analyze the 

deformation of the fabric. 

 

2.3. Fabrication setup 

For each reinforcement, samples of 100*100 mm² 

were injected in a rigid mold at constant pressure 

with the vinylester resin Derakane 411-350 from 

Ashland Inc. The thickness was controlled by 

calibrated shims set in the mold to get the same fiber 

volume fraction as in the compaction tests. In order 

to reduce the quantity of voids in the final parts, 

resin was left bleeding during a few minutes [3, 4], 

after which a consolidation pressure of 3 bars is 

applied in the mold [5]. After demolding, the 

injected parts were cut into thin lamellas following a 

tow along the warp and weft directions. The cut-out 

surfaces were polished and analyzed with a digital 

microscope in order to evaluate the dimensions of 

the tow cross-section (thickness, width, tow crimp, 

tow fiber volume fraction). 

3. Analysis of compaction behavior 

3.1. Compaction experiments 

The compression forces recorded during the 

compaction tests are plotted in Fig. 1. The analysis 

of the behaviors observed is detailed following the 

changing weaving parameters.  

Influence of the warp/weft ratio 

We note that the compression and relaxation 

responses of Fabric 1 and Fabric 2 are identical 

although their warp/weft ratios are different. Since 

Fabric 1 has a lower areal density than Fabric 2, the 

thickness achieved for each reinforcement must be 

different in order to reach the same fiber volume 

fraction of 58%. Thus Fabric 2 should be less 

compacted than Fabric 1, i.e., a lower compaction 

force should be obtained for this fabric. However, 

the results of Fig. 1 show that this is not the case. 

This issue will be resolved in the sequel after a 

detailed analysis of the deformed fabric architecture. 

Influence of the size of the fiber tows 

Let us examine now the influence of the number of 

fibers per tow. It appears that the force necessary to 

achieve 58% of fiber volume fraction is more than 

two times larger for Fabric 3 than for Fabric 1. The 

end-of-relaxation force is also much higher for this 

reinforcement. However, areal densities are almost 

identical for these two fabrics. This means that 

nearly the same thickness should be reached during 
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compaction. To understand this difference, a first 

analysis can be done. 

The three-dimensional weaving pattern prevents any 

lateral displacement of the plies during compaction. 

This means that no nesting can occur. In this study, 

the fabrics are composed of 8 interlock layers of 

superposed warp and weft tows. Hence, the columns 

of tows remain aligned even if the fabrics are highly 

compressed. As observed by Comas-Cardona et al. 

[6], the compaction force on a woven sample is 

applied at the intersections between the warp and 

weft tows. Thus, in this case, each intersection is 

composed of superposed tows through the thickness 

(8 warp and 8 weft tows). In Fabric 1, all the 

crossing tows contain 48K fibers, whereas in Fabric 

3, 8 warp 48K tows intersect 8 weft 72K tows. 

Therefore, since the final thickness is nearly 

identical for both reinforcements, it seems natural 

that the Fabric 3, which contains the higher number 

of fibers in the intersecting tows, should be more 

difficult to compress than the two other fabrics. This 

is indeed the case as shown in Fig. 1. 

3.2. Analysis of the deformed architectures 

Fig. 2 and 3 show respectively the tow thicknesses 

and widths measured from the fabricated lamellas in 

the warp and weft directions. These results allow 

refining the previous observations. The influence of 

the warp/weft ratio on fabric deformation will first 

be discussed, and then the role played by the number 

of fibers per tow will be investigated.  

Influence of the warp/weft ratio 

It appears that the tows in the warp direction are 

thicker in Fabric 2 than in Fabric 1. However, with 

respect to the standard deviation, this difference can 

be neglected. We note also that the measured width 

of the warp tows after compaction is identical for all 

the reinforcements considered. The tow width along 

the warp is bounded by a limit value calculated from 

the number of tows per centimeter when these tows 

come in contact with each other. The close 

correspondence of the measured widths with this 

value shows that the warp tows are sufficiently 

flattened to fill almost all the inter-tow spaces and 

come in contact with their neighbors. Actually, the 

free space between warp tows in these fabrics does 

not allow them to become flatter than the observed 

experimental values reported in Fig. 3. In addition, 

the lower tow thickness of Fabric 1 combined with 

the same width for both reinforcements indicates 

that the tow fiber volume fraction after compaction 

is slightly higher for Fabric 1 than for Fabric 2. In 

the weft direction, the tows are significantly thinner 

and larger in Fabric 1 than in Fabric 2 because these 

tows have more free space to become flatter 

(because the weft tow count is lower in Fabric 1). 

The most significant difference between the two 

fabric deformations is the flattening of the weft tows 

in Fabric 1. This phenomenon appears to play an 

important role on the compaction behavior. The 

experimental data of Fig. 2 seem to support the 

hypothesis that Fabric 2 should require a higher 

compaction force than Fabric 1. However, the 

experimental results displayed in Fig. 1 contradict 

this assertion. This means most probably that 

another phenomenon comes into play. According to 

Lomov and Verpoest [7], tow bending should also 

be taken into account in woven fabrics. This 

hypothesis will be discussed in the sequel. 

Influence of the size of the fiber tows 

The size of the fiber tow, i.e., the number of fibers 

per tow, has also an effect on fabric deformation. As 

observed in Fig. 2 and 3, warp tows are slightly 

flatter and larger in Fabric 3 than in Fabric 1. The 

compaction force is sufficiently important to 

overcome in-plane friction and merge the tows 

together in this direction. Thus, the tow width along 

the warp is slightly higher than the theoretical limit 

for Fabric 3. In the weft direction, 72K tows are 

significantly thicker and slightly larger than 48K 

tows in Fabric 1.  

In the previous discussion on the influence of the 

warp/weft ratio, tow flattening appeared to 

contribute significantly to the observed results. 

However, it was not possible to connect directly the 

dimensions of the tow with the compaction 

behavior. The same conclusion can be drawn for 

Fabric 3: warp tows are highly compressed, whereas 

weft tows have sufficient free space to become 

flatter for larger compaction forces. This means that 

another phenomenon probably plays a role here. Let 

us assume that it is tow bending. 

In order to assess the influence of tow bending on 

compaction, the tow crimp was also evaluated in the 

samples. For example in Fig. 4, the warp tows in 

Fabric 1 are perfectly arranged as defined in the 

initial weaving pattern, whereas the warp tows in 
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Fabric 3 are bent where they intersect with the weft 

tows. 

The through-thickness compaction of the tow 

columns at these intersections is too important to 

allow the warp tows to slip in the plane during 

preforming. Due to this non-slipping condition, warp 

tows act as multiple imbedded beams in bending. 

Hence, tow bending could possibly explain some of 

the differences observed in compaction results. Our 

goal will then be to set up a model combining tow 

flattening and bending. 

According to the previous observations, it will be 

assumed that the total force required to compress a 

three-dimensional fabric can be decomposed in two 

contributions, one from tow flattening, and the other 

from tow bending. 

4. Contribution of tow flattening 

The flattening of the tow can be evaluated by finding 

the relationship between the compaction behavior of 

a single tow and the tow arrangement in a fabric. 

Results obtained in the previous section permit to do 

a first comparison between the tow dimensions when 

packed in a fabric and a single tow. This comparison 

highlights important limitations of the single tow 

compaction setup. Indeed, idealized conditions such 

as the parallelism of the platens and no in-plane 

constraint (i.e., no neighbors) allow the single tow to 

be highly flattened during the test. Thus, the tow 

dimensions obtained by this test cannot be directly 

compared with values measured in a fabric. The only 

way to connect these two approaches is to use the 

tow fiber volume fraction. In fact, even if tows 

dimensions are not directly comparable, an identical 

quantity of fibers in an equal volume must behave in 

the same way. 

The tow fiber volume fraction can be evaluated from 

it cross-section dimensions dividing the area 

occupied by the fibers (i.e. the number of fiber by 

tow multiplied by the fiber cross-section area) by the 

total tow cross-section area. Since the fiber 

dimensions are known, only the tow cross-sectional 

areas have to be determined in each case. When the 

tow is compressed in a fabric, the areas can be 

evaluated by analyzing the images of the tow cross-

sections with the microscope software. In the case of 

a single tow, only the thickness and width are 

available. Therefore it is necessary to assume a 

shape of the tow section in order to evaluate the 

area. Elliptical [8], rectangular [9] or lenticular [10] 

shapes are commonly used. There are other possible 

shapes, but they do not provide significant 

improvements. In our case, elliptical, rectangular 

and cusped [11] shapes seem the most appropriated. 

Fig. 5 shows a tow cross-section (in red) in Fabric 1 

with the corresponding model shape: the ellipse, 

rectangle and cusped shapes are respectively 

represented by a dashed line (blue), a dotted line 

(orange) and a plain line (green). 

In order to select the best option, the different shapes 

were compared with real tows obtained from the 

microscopic analysis. Based on the measured areas 

and thicknesses, the widths of each shape were 

compared to the effective values. It appears that the 

cusped shape provides the best fit for the tows. In 

fact, the widths of the rectangular and elliptical 

shapes are respectively 15% shorter and 9% larger 

than the measured widths. The cusped shape exhibits 

a difference of only 3%. This shape seems to 

provide also the best visual representation of the tow 

cross-section. Finally, it is possible to derive a 

constitutive relationship between the compressive 

force and the fiber volume fraction of a single tow. 

Assuming that the compaction behavior of a single 

tow and a tow in a fabric is similar, this relation 

permits to calculate the force required to achieve a 

determined fiber volume fraction for tows in a 

fabric. In Fig. 6 is illustrated the compaction 

behavior of a 48K fiber tow in function of it fiber 

volume fraction. 

From the previous assertion, the compaction force 

      required for tow flattening in a dry sample can 

be evaluated as follows: 

 

      
  

  
(                 )   (1) 

 

where    is the effective fabric tow count per 

centimeter divided by the maximal theoretical tow 

count possible in each direction, parameters     and 

    represent respectively the percentages in mass 

of fibers in the warp and weft directions, The terms 

     and      are the forces necessary to flatten a 

single tow at a desired fiber volume fraction in the 

warp and weft directions. Parameter    is the ratio 

between the total length of flattened tows in the 

fabric samples and the length of the tows used 

during the single tow compaction experiments. The 

flattened length is different from the total tow length 
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because tows are not compressed everywhere in 

fabric compaction tests (on the contrary to single 

tow compression). 

Parameters   ,     and     are weaving parameters. 

The force contribution      and      are evaluated 

from the average fiber volume fractions of tows in a 

fabric in each direction using the constitutive 

relationship of Fig. 6 between the compaction force 

and the fiber volume fraction of a single tow. These 

tow fiber volume fractions were determined from 

experiments in this investigation (tow cross-

sectional area measured with the digital 

microscope). However, with a textile engineering 

software like WiseTex [12] for example, it is 

possible to evaluate these values from geometrical 

considerations only. Parameter    cannot be 

determined easily because the total length of 

flattened tows in a fabric sample is difficult to 

evaluate. However, as it is a constant for this kind of 

3D interlock fabrics, it can be determined once with 

experimental data. 

5. Contribution of tow bending 

Tow bending in fabrics has been widely studied by 

the textile community. Van Wyk [13] was the first to 

assume that the transverse elastic behavior of a 

bundle of randomly distributed fibers is controlled 

by a fiber bending phenomenon. However, this 

model doesn’t take into account the slipping or the 

friction between fibers, their stretching or shifting. 

Several improvements and observations have been 

made on the work of Van Wyk. Hearle [14] made an 

important contribution analyzing the extension of 

continuous twisted yarns. De Jong et al. [15] 

modifies this model to determine the compaction 

behavior of a knit fabric. Other researchers like 

Curiskis and Carnaby [16] apply continuum 

mechanics to determine the deformation of a fiber 

tow. They proposed a three-dimensional model for 

untwisted and aligned fibers. 

These models were created for materials such as 

wool or cotton, which are used at much lower fiber 

volume fractions and with different types of weaving 

patterns. In 1986, Gutowski [17, 18] proposed a 

model especially devised for composites. In these 

articles, the transverse compression force of aligned 

fiber tows is represented by a simple elastic 

deformation model: 

 

    
       

 
 
√
  

  
  

(√
  
  
  )

     (2) 

 

where     denotes the force necessary to compress a 

tow,   ,    and    correspond respectively to the 

initial, maximal and effective fiber volume fractions, 

  is the fiber elastic modulus,   is the compressed 

surface of the tow and   denotes the tow crimps 

defined by equation (3) as: 

 

  
 

 
      (3) 

 

where   is the length of a tow unit cell and   is the 

amplitude of the tow crimp. As mentioned 

previously, values of tow crimp were determined 

through measurements on microscopic images in 

this study.   

Finally, the compaction force       necessary to 

obtain the defined fiber volume fraction can be 

evaluated as follows: 

 

      
  

  
(
   

   
  

   

   
 )   (4) 

 

where     and     represent the tow crimps in 

each direction, and constant    the flexion force 

necessary to bend a single tow from     to  

      in equation 2. 

6. Compaction model 

As explained above, the compaction model proposed 

here is a combination of tow flattening and bending. 

The total force    required to compact a dry three-

dimensional interlock fabric is obtained by summing 

the two previous terms: 

   
  

  
(                 )  

  

  
(
   

   
  

   

   
 )   (5) 

 

The constants    and    are two independent 

characteristic parameters of the fibrous 

reinforcement. Their values are determined by 

optimizing the scatter between experimental and 

calculated data through the solution of a system of 5 

equations with 2 unknowns (   and   ). Applying 

this model in our case, it is possible now to compare 

in Fig. 7 experimental and calculated maximal 

compaction forces for each fabric. The calculated 
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compaction force is divided in two parts: the darker 

grey corresponds to the tow flattening force and the 

lighter grey designates the bending force. A good 

correlation is observed between experience and the 

model for each reinforcement.  This confirms that 

the behavior of this kind of three-dimensional fabric 

can be modeled by a combination of tow flattening 

and bending. 

7. Relaxation model 

It is possible also to evaluate the end-of-relaxation 

force     by combining the contributions of the 

flattening (     ) and bending (     ) compaction 

forces of Fig. 7. The total end-of-relaxation force     
can be written as follows: 

 

    (    )        (    )        (6) 

 

where    and    represent the percentage of 

relaxation of the flattening and the bending forces 

respectively. These constants are characteristic of 

the relaxation of the 3D fabrics used in this study 

and independent of their weaving parameters. As for 

the compaction model,    and    are determined by 

finding the smallest scatter between experimental 

and calculated values of    . 
The flattening of the tow was found to be relaxed at 

49% while their bending seems to be reduced of 

55%. Each of these phenomena comes from two 

distinct types of friction: friction between parallel 

fibers in fiber tows (flattening) and friction between 

perpendicular fibers between fiber tows (bending). It 

means that the frictions forces between fibers in 

tows and between the tows participate almost 

identically to the global relaxation. However, this 

affirmation is valid only at the fiber volume fraction 

considered. A different Vf means another rate of 

relaxation, i.e., a different participation of each 

phenomenon in the global relaxation of the fibrous 

reinforcement. 
The calculated and experimental end-of-relaxation 

forces are compared in Fig. 8. An excellent 

correlation is obtained when the contributions of 

flattening and bending are taken into account. This 

confirms once more that the proposed compaction 

model represents correctly the phenomena governing 

the compaction behavior of the 3D interlock fabrics. 

 

8. Conclusion 

The compaction and relaxation of three different 

three-dimensional interlock fabrics were 

investigated. Tow flattening and bending were 

identified as the two main phenomena that govern 

the compression behavior. A compaction model 

based on this assumption was created after a detailed 

analysis of the fabric deformations by summing up 

the contributions of tow flattening and bending to 

derive the compression force required to reach a 

given fiber volume fraction. The model was found to 

predict correctly experimental data while taking into 

account the woven architecture of the fibrous 

reinforcement. As a result of this model, it was 

possible also to predict the end-of-relaxation forces 

after compaction. 

The excellent correlation obtained with experiments 

reinforces the confidence on the hypotheses used to 

construct the model. This investigation provides a 

better understanding of the compaction behavior of 

three-dimensional interlock woven fabrics. Although 

the results presented here are valid only for the 

fabrics considered, the model can be generalized for 

any kind of three-dimensional reinforcement. 

Analysing the influence of another weaving 

parameter on the compaction behavior would permit 

to refine it. It is also possible to add the influence of 

the nesting in order to predict the compaction 

behavior of 2D laminates. The good understanding 

of the compaction behavior of various fabrics will 

further improve the fabrication of high performance 

composites.   
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warp 

 Tab. 1 - Details of fabric weaving parameters 

 1 2 3 

Areal density 

(    ) 
11770 14564 11686 

warp/weft ratio 60C/40T 50C/50T 60C/40T 

Number of 
fibers/tow 

48K/48K 48K/48K 48K/72K 

Warp tow count 
(tows/cm/ply) 

               

Weft tow count 
(tows/cm/ply) 

 

 
          

 

 
     

 

 

 
Fig. 1 – Dry compaction behavior of the three 

fabrics to reach Vf  = 58%. 

 

 

 
Fig. 2 – Tow thicknesses for each fabric in the warp 

and weft directions at Vf = 58%. 
 

 
Fig. 3 – Tow widths for each fabric in the warp and 

weft directions at Vf = 58%. 

 

 

  
(a) (b) 

Fig. 4 – Tow flexion in the warp direction 

at Vf = 58%: (a) Fabric 1 and (b) Fabric 3. 

 

 

 

Fig. 5 – Comparison between a tow and 3 possible 

models: in blue (dashed line) an ellipse; in 

orange (dotted line) a rectangle and in green 

(plain line) the cusped shape. 
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Fig. 6 – Evolution of the compressive force as a 

function of fiber volume fraction for a 48K 

tow. 

 

 

 
Fig. 7 – Comparison between experimental (blue) 

and calculated (green) compaction forces  

necessaries to reach Vf  = 58%. 

 

 

 

 
Fig. 8 – Comparison between experimental (blue) 

and calculated (green) end-of-relaxation 

forces obtained at Vf  = 58%. 
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Abstract 

To optimize the resin transfer molding (RTM)-tool 
loading process textile preforms are used. Textile 
preforming includes cutting, stitching and 
assembling the single textile layers to a preform. The 
preforming process reduces the manual work and in 
this regards the liquid composite molding process 
(LCM)-cycle time. In this paper the influence of 
yarn count and the stitching pattern on the 2D non 
crimp fabrics (NCF) preform permeability are 
investigated. A full automated optical permeameter 
was used to conduct 2D permeability measurements 
for glass and carbon fiber based preforms. This 
paper presents the reveal influence of the stitching 
pattern and the yarn count on the NCF preform 
permeability. The measurement series showed very 
low standard deviations. Additionally a comparison 
between the experimental filling time (measurement) 
and the predicted filling time (simulation) is 
presented. 
 

1 Introduction  

Carbon fibered reinforced plastic (CFRP) parts are 
used in the aerospace and automotive sector to 
reduce the application weight. CFRP parts are not 
only used for weight reduction, they also have very 
good mechanical properties, if the fibers are load 
specific orientated. In the past most of the composite 
components in the aeronautical industry are 
manufactured with preimpregnated fibers (prepreg) 
and the very expensive autoclave technology [1]. 
Nowadays CFRP parts are also manufactured with 
the liquid composite molding process (LCM). The 
LCM technique such as resin transfer molding 
(RTM) is a widely used technology to produce fiber 
based polymer composites [2; 3]. Modern composite 
production processes like the RTM technology 

receives a lot of interest from industry and applied 
research. The industry asks for high quality 
components with good surface finish, good 
mechanical properties, excellent dimensional 
tolerances and low tooling costs [4; 5]. The RTM 
process starts with assembling dry fiber 
reinforcements to a preform (stack of dry fiber 
textiles). In the next step the preform is placed in a 
mold and the liquid medium, the matrix, a mixture 
of resin and hardener, is injected by constant 
pressure or flow rate. After the curing phase the 
CFRP part can be demolded and can be post 
processed [1; 2]. 
 
In order to obtain the best product quality, a 
completely filled mold is mandatory. The industry 
wants to assure the cost-effectiveness of the RTM 
process and the shortest possible mold filling time. 
To ensure the minimum process cycle time, the 
position of the resin injection points and air vents 
must be known.  
 
In the past most time the mold design was optimized 
by trial-and-error. Nowadays flow simulation tools 
are replacing the very expensive trial-and-error 
procedure. The numerical filling simulation, which 
helps the engineer to optimize the tool design and to 
predict the mold filling time, is a very important 
supporting technical  tool for the further 
development of the RTM process [1; 6]. For a 
perfect simulation set up it is necessary to have 
correct input parameters of the resin viscosity, the 
preform porosity and the preform permeability. The 
most important factor for a filling study is the 
knowledge about the permeability behavior of the 
textile preform because it is directly related to the 
impregnation and filling time [6–8]. For 
permeability measurements there are no 
standardized measurement systems available on the 
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market and according measurement methods are not 
industrialized. There are three different methods to 
obtain the permeability behavior of a dry fiber based 
preform, the linear, the radial and the trough 
thickness injection method. During the linear 
method the matrix is injected by a linear gate into a 
rectangular preform, so the flow front moves 
forward parallel to the injection line (one 
dimensional flow). If the resin is injected in the 
middle of a preform via a point, the radial injection 
method is used (two dimensional flow). Because of 
the anisotropic flow behavior of the preform the 
flow front moves radial and an ellipse occurs on the 
preform surface, given in Fig. 1 [1; 9]. 
 

 
Fig. 1: Online approximated ellipse during a permeability 

measurement of a CF preform 

For continuous measurement of the 2D flow 
behavior of a textile preform a dielectric capacity or 
an optical permeameter can be used. Afterwards for 
the permeability calculation it is necessary to have 
the major and minor axes length of the spreading 
ellipse as a function of time. The literature depicts a 
lot of permeability studies with a dielectric capacity 
permeameter [8; 10–12]. 
 
In this study the flow behavior of carbon and glass 
fiber preforms is determined. The measurements are 
elaborated using a full automated optical 2D 
permeameter. The flow front is tracked by a 
monochromatic camera system. 
 

2 Theoretical background 

2.1 Permeability and Darcy´s law 

If a fiber preform gets saturated with a liquid 
medium, the fluid follows the path of least 
resistance. The resistance of a fiber preform to the 
fluids flow is called permeability. The most ground 
breaking equation for permeability calculation and 
the flow behaviour through porous media is Darcy´s 

law [4; 6; 13]. It is the generally accepted equation 
(Eq.1) to describe the one dimensional flow through 
a porous medium, 
 

v
K
η
ΔP
Δx

 (1)

 
where v0 is the superficial velocity (m/s), K is the 
permeability (m²), η is the fluid viscosity (Pa s), ΔP 
is the imposed pressure difference (Pa) and Δx is the 
flow length in (m). A formulation for the two 
dimensional flow is described by Adams and 
Rebenfeld as well as by Hoes et al. [4; 14]. 
 

2.2 Influences on the Permeability 

The fluid viscosity [13] and injection pressure [2; 
10] of the fluid have no significant influence on the 
permeability behaviour of the unsaturated flow. 
 
The most significant influence on the permeability is 
given by the fibre volume fraction, the porosity and 
the compaction behaviour [15; 16]. In the past, 
authors showed that the stitching pattern and the 
stitching direction take a significant influence on the 
permeability behavior of woven fabrics as well [11; 
12]. The yarn count (also called the titer), number of 
filaments of a roving, has an influence on the 
permeability and on the anisotropy coefficient of a 
woven fabric too [10]. 
 

3 Experimental 

3.1 Materials and testing plan 

The fiber textiles used for this study are four 
different glass and four different carbon fiber based 
NCF reinforcements built up anisotropically. The 
NCF were manufactured by SAERTEX. The 
preforms fit accurately to 400 mm by 300 mm 
geometry of the cavity dimension. To eliminate the 
through thickness saturation (three dimensional 
flow) a hole of 13 millimetres was punched in the 
middle of the preform. 
 
With both fiber types the influences of yarn count 
and stitching pattern on the NCF preform 
permeability was investigated. The permeability of 
the major and minor axes was determined at 
different fiber volume fractions. The fiber volume 
fraction was calculated by following equation (Eq.2) 
[8; 10; 17]: 
 

V
n ∗ 	ξ

1000 ∗ d ∗ 	ρ
 (2)
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where Vf is the fiber volume fraction (%), n is the 
number of layers (1), ξ is the fabric area weight 
(g/m²), ρf fibre density (g/cm³) and d is the cavity 
height (mm). 
 
3.1.1 Influence of yarn count on the NCF preform 
permeability 
The first glass fiber textile used for the permeability 
characterization was a triaxial fabric with a linear 
yarn density of 2400 tex in the 0° layer and a linear 
density of 300 tex in the ±45° layers. To see an 
influence of the yarn count on the NCF preform 
permeability a second triaxial fabric with a linear 
density in the ± 45° layers of 600 tex was used. Both 
textile fabrics had an aerial weight of 1175 g/m². 
 
Two biaxial carbon fibered based textile fabrics with 
an area weight of 540 g/m² and an orientation of 
±45° layers were used to get the information about 
the influence of the yarn count on the NCF preform 
permeability. The first textile had a linear density of 
12000 tex and the second textile had 24000 tex in 
both layers. 
 
3.1.2 Influence of stitching pattern on the NCF 
preform permeability 
To get the evidence of the influence of the stitching 
pattern on the biaxial glass fiber preform 
permeability two textiles with an area weight of 960 
g/m² but with different stitching pattern were used. 
The first UD fabric was stitched together with tricot 
pattern and the second UD fabric was stitched 
together with a combination of a tricot-franse 
pattern. 
 
The carbon fibered NCF reinforcements had an area 
weight of 410 g/m². The difference between these 
both textiles is the stitching pattern. The first textile 
had a tricot, and the second a franse pattern. Fig. 2 
shows a glass fiber preform, which is stitched 
together with a tricot pattern. This pattern is mainliy 
used for UD or for biaxial 0°/90° NCF preforms, 
because the stitching yarn can cross the whole fiber 
bundle and fix them together. 
Fig. 3 depicts a carbon fiber based biaxial NCF 
preform stitched together with a franse pattern. A 
franse pattern is generally used to fix ± 45° layers 
together. 

 
Fig. 2: Tricot stitching pattern of a biaxial NCF glass 

fiber preform 

 

 
Fig. 3: Franse stitching pattern of a biaxial NCF carbon 

fiber preform 

 
3.1.2 Liquid medium: Plant oil 
As liquid medium coloured plant oil was used 
because it has a similar viscosity as resin during 
processing has. To measure the permeability of 
carbon fiber fabrics it is needed to dye the plant oil 
with a non-polar colour. The used colour was 
SUDANRED IV (Sigma Aldrich GmbH). For the 
viscosity determination a couette rheometer was 
used. The viscosity was determined in a temperature 
range between 15°C and 30°C to have the valid 
viscosity value for the permeability calculation. 
 

3.2 Permeability measurement set up 

For the 2 dimensional permeability characterization 
an optical permeameter was used. The optical 
permeameter is shown in Fig. 4. It consists of a mold 
with the cavity dimensions of 400 mm by 300 mm, a 
composite glass plate as upper mold tool with 40 
mm thickness, a lower steal plate with an injection 
hole in the middle, a pressure pot with the fluid and 
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a camera system with a monochromatic camera. A 
35 mm thick steel frame is used to compensate the 
mold deflection due to the high injection and 
compaction pressure. 
 

 
Fig. 4: Optical permeameter 

 
To identify systematically the ideal geometry and 
thickness of the reinforcing steel frame and 
maximum glass thickness the finite element method 
(FEM) was used. The boundary conditions for the 
steel frame are given by the injection and 
compaction pressure. It is allowed to measure with 
an injection pressure of six bars and a fiber volume 
content of up to 63 % which corresponds to a 
compaction pressure of five bars [17]. The optimum 
assembly of the glass plate and the reinforcing steel 
frame is shown in Fig. 5. The configuration of a 40 
mm composite glass plate and a 35 mm thick steel 
frame ensures a constant cavity height during the 
permeability measurement. After the mold is closed 
the reinforcing steel frame is placed on the top of the 
glass plates and it is screwed to the bottom edges of 
the lower mold tool. For the permeability 
measurements different cavity highs are available to 
characterize the permeability behaviour at several 
fiber volume fractions. The camera is arranged on 
the top of the optical permeameter and continuously 
pictures of the spreading flow front are captured. 
The pressure source ensures constant injection 
pressure in the pressure pot. During the infiltration 
the main axes of the developing ellipse are 

determined online and are stored for the successive 
permeability evaluation. 
 

 
Fig. 5: FEM analysis for the reinforcing steel frame and 

the determined glass plate thickness 
 
After the infiltration a LabVIEW® program 
determines the major and minor radius of the elliptic 
flow front. This information is used to calculate the 
permeability of the major and minor axes. 
 

4 Results and discussion 

4.1 Influence of yarn count on the NCF preform 
permeability 

4.1.1 GF-preforms 
Fig. 6 shows the influence of the yarn count on the 
triaxial NCF glass fiber preform permeability. K1 
represents the permeability of the major axis and K2 
is the permeability of the minor axis. 
 

 
Fig. 6: Influence of yarn count on the triaxial NCF glass 

fiber preform permeability 
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Two triaxial glass fiber based preforms with 
different yarn counts in the ± 45 layers but with the 
same yarn count in the 0° layer, same area weight, 
the same fiber volume fraction and the same fiber 
type are compared. The corresponding comparison 
shows, that K1 and K2 increase with decreasing yarn 
count. The permeability of the major axis is four 
times higher for 300 tex compared to 600 tex. Also 
K2 increases as yarn count decreases. The influence 
on the permeability of the minor axis is less 
pronounced compared to the major axis 
permeability; K2 approximately doubles when the 
yarn count is decreased from 600 tex per ± 45° layer 
to 300 tex per ± 45° layer. 
 
4.1.2 CF-preforms 
The effect of yarn count on permeability (K1 and 
K2) of biaxial carbon fiber NCF preforms is shown 
in Fig. 7. 
 

 
Fig. 7: Influence of yarn count on the biaxial NCF 

carbon fiber preform permeability 
 
The yarn count changes in ±45° layer from 12000 
tex to 24000 tex. As elaborated for the triaxial glass 
fiber based NCF preforms the effects on 
permeability are the same for biaxial carbon fiber 
NCF preforms. The decreasing yarn count is 
responsible for the increasing permeability in the 
major and minor axis. K1 rises by a factor of 1.3 and 
K2 increases by a factor of 1.5 using a textile with 
less yarn count. 
 
The permeability characterization of glass and 
carbon fiber preforms showed, that in both cases the 
permeability of the major and minor axis are 
increasing, if the yarn count is decreasing. 
 
 

4.2 Influence of the stitching pattern on the NCF 
preform permeability 

4.2.1 GF-preforms 
Fig. 8 shows that also the stitching pattern has a 
significant influence on the NCF glass fiber preform 
permeability´s. The stitching pattern has a very large 
influence on the minor axis permeability. The K2 
value from a preform with a tricot pattern is one and 
a half time higher as the K2 value of a preform with 
a combination of tricot and franse pattern. K1 
similarly increases by a factor of 3.5 from a 
tricot/franse pattern to a tricot pattern. 
 

 
Fig. 8 Influence of stitching pattern on the biaxial NCF 

glass fiber preform permeability 
 
4.2.2 CF-preforms 
Fig. 9 presents the influence of the stitching pattern 
on the NCF carbon fiber preform permeability.  
 

 
Fig. 9: Influence of stitching pattern on the biaxial NCF 

carbon fiber preform permeability 
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The preforms with the tricot pattern have a one and a 
half times higher permeability of major axis as the 
preforms of the minor axis. The minor axis preform 
permeability increases also with the tricot pattern by 
a factor of 1.3. 
 
This measurement series showed the influence of the 
stitching pattern on the NCF preform permeability. 
The preform permeability, K1 and K2, increases if 
the preform is stitched together with a tricot pattern, 
because the tricot pattern creates bigger gaps 
between the single rovings, seen in figure 2. 
 

4.3 Measurement vs. simulation 

After the permeability calculation, which is based on 
Darcy´s law, a simulation software, PAM-RTM®, 
was used to monitor the permeability estimations of 
K1 and K2. A random single glass fiber preform 
permeability measurement of the testing plan, given 
in Fig. 10, was selected for the flow simulation. The 
geometry of the measured preform was 300 mm by 
400 mm, the cavity height was 3.5 mm and the fiber 
volume fraction was 55%. 
 

 
Fig. 10: Permeability characterization of a glass fiber 

NCF preform 

 
It can be seen that the measurement stopped 15 mm 
on the left and on the right side before the oil 
reached the end of the preform. To this point in time 
the whole impregnation process lasted 473 sec. It 
was the last captured image of the sequence. 
 
Every simulation starts with the creation of a model. 
Therefore, in the first phase of the simulation, a 
meshed plate was designed. The dimension of the 
2D model is the ones of the preform, meshed with 2 
mm triangle elements. The simulation set up is based 
to the data given in table 1. 
 

To get the time, when the flow front is 15 mm away 
from the left edge, a pressure sensor is responsible to 
detect the flow front. In Fig. 11 the pressure sensor 
which is added in the model and the injection hole 
can be seen. 
 

Table 1: Input parameters for the flow simulation 

K1 
[m²] 

K2 
[m²] 

Viscosity 
[mPa] 

Porosity 
[1] 

Injection 
pressure 

[bar] 
2.4E-11 8.9E-12 65 0.45 1 

 

 
Fig. 11: 2D meshed plate with pressure sensor and 

injection hole 

 
After setting the boundary conditions for the 
injection pressure the simulation started. 
 
The result of the filling simulation, shown in Fig. 12, 
represents the expected filling time. The flow front 
reaches the pressure point after 482 sec. 
 

 
Fig. 12: Result of the filling simulation 

 
The simulation has demonstrated that the 
permeability calculation is in quite good correlation 
with the experimental result. It can be seen that both 
ellipses have the same shape. Due to mesh errors or 
too coarse mesh sizes the flow simulation results 
slightly higher filling time than the real process. 

pressure sensor 
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Fig. 13 presents a filling simulation of a vacuum 
assisted resin infusion (VARI) process. The mapped 
part is an under body structure of a car. The lay up is 
according to the customer’s specific requirements. 
The under body structure is a sandwich lay up and 
the result of this simulation was the perfect 
determination for the injection and vent positions. 
 

 
Fig. 13: Filling simulation of an under body structure 

 

5 Conclusions 

The main focus of this study has been to characterize 
the in plane permeability´s of glass and carbon fiber 
based NCF preforms with an optical permeameter. 
For meaningful results, the permeability´s were 
determined at different fiber volume fractions with 
low standard deviations. With the used optical 
permeameter it is allowed to measure preforms with 
an injection pressure of six bars and a fiber content 
of up to 63%. For all the measurements the colored 
test fluid (plant oil) was injected with a constant 
injection pressure of one bar. 
 
All permeability measurements have a very less 
standard deviation. The standard deviation is all over 
smaller than 10% or even smaller for the 
permeability´s of major and minor axes. The lowest 
deviation is established by the carbon fiber based 
biaxial NCF preforms. Therefore the standard 
deviation is lower than 6% for K1 and lower than 
3% for K2 values. Only one textile shows a higher 
standard deviation. The permeability measurements 
of the triaxial glass fiber NCF preforms have a 
standard deviation of more than 17% for K1 and K2.  
 
In the first measurement series the influence of yarn 
count on the NCF preform permeability was 
determined. The permeability characterizations were 
performed with both fiber types. The influence of 
yarn count is confirmed. With an increasing yarn 

count the permeability of the major and minor axis 
are decreasing. That means, that the mould filling 
time increases as well by the same fiber volume 
fraction. 
 
The second part of this study was to determine the 
influence of the stitching pattern on the NCF 
preform permeability. After this study it can also be 
said, that the matrix flow in LCM processes is 
highly affected by the used stitching pattern. Using 
the tricot pattern the permeability´s, K1 and K2 are 
mainly affected. 
 
An implementation of a filling simulation with 
PAM-RTM® was the last part of this study. A 
comparison of a real filling process (glass NCF, 
tricot pattern, fiber volume fraction 55%) with the 
simulation has shown that both filling times are 
nearly the same.  
 
In conclusion, individual preforms, which are 
different in yarn counts or stitching pattern, will 
typically influence the mould filling times. 
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1 Introduction  

Natural fibre composites are becoming popular in 

automotive industry due to their biodegradability, 

renewability, and hence more environmental 

friendly properties [1-5]. However, natural fibres 

have low fire resistance, which has restricted their 

growth in applications where the fire regulations are 

stringent. Therefore, flame retardant (FR) 

treatments are required to improve their fire 

resistance. The common method of application of 

flame retardants to fabrics is to pad-dry and/or cure. 

Fabrics containing natural fibres, in particular 

cellulosics are usually scoured prior to any finish. 

This increases fabric wettability and hence pickup 

of the finish. Scouring usually removes sizing, 

hemicelluloses, lignin, pectin, waxes etc from 

cellulosic fibres. In composites, however the 

presence of lignin, pectin etc could be advantageous 

as they are reported to have better thermal stabilities 

than cellulosic structures [4,5]. However, not much 

is known about the effect of scouring on physical, 

mechanical and flammability properties of the 

composites. The aim of this work is to study the 

effect of scouring on the FR uptake levels of 

flax/PP and flax/PLA woven fabric, and fire and 

mechanical performance of composites prepared 

from these fabrics.  

For textile related applications flax fibres are 

usually scoured with sodium hydroxide (NaOH), 

sodium bi-carbonate (Na2CO3) or a detergent 

(sodium phosphate, Na3PO4) solutions prior to other 

treatments in order to remove the impurity present 

in the fibres, hence also resulting in improvement in 

the absorption of fibres for dyes and other finishes 

[6]. There is however, no literature available on the 

use/effect of these scouring agents on properties of 

hybrid fabrics such as flax/polypropylene (PP) or 

flax/polylactic acid (PLA).  To study the effect of 

different scouring agents on hybrid fabrics, these 

scouring agents have been used at different 

concentrations. Mono-ammonium phosphate (AP), 

one of the commonly used flame retardants (FR) for 

cellulosic materials, has been chosen as a flame 

retardant for this study. The optimized scouring 

conditions for maximum FR pickup and minimum 

fibre mass loss were chosen to scour fabrics, which 

were then melt pressed to produce composite 

laminates.  

 

2 Experiments 

2.1 Materials 

Flax, flax/PP and flax/PLA woven fabrics (50/50 

wt-%) were supplied by Composites Evolution 

(UK). These woven fabrics were of 4x4 hopsack 

structure with areal densities as follows: flax = 467 

g/m
2
, flax/PP = 465 g/m

2
 and flax/PLA = 493 g/m

2
. 

Sodium hydroxide (NaOH), sodium carbonate 

(Na2CO3), and sodium phosphate (Na3PO4) were 

used to prepare scouring solutions of different 

concentrations, given in Table 1. Mono-ammonium 

phosphate (AP) was used as 20 wt-% solution to 

treat fabrics.  
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2.2 Fabric scouring and FR treatment 

Flax/PP and flax/PLA were scoured using different 

chemicals and varied conditions as shown in Table 

1. The scoured fabrics were subsequently 

neutralised with 0.5 wt-% acetic acid solution, 

followed by rinsing with water before drying in an 

oven at 80 
o
C for 1 hr. Based on the results 

discussed in a later section, 10 g/L of Na2CO3 

solution and 10 g/L of Na3PO4 were selected to 

optimize scouring time by scouring the fabrics with 

these chemicals at 60
 o

C for different times. The 

scoured and non-scoured fabrics were then treated 

with mono-ammonium phosphate (AP) solution by 

padding followed by drying in an oven at 100 
o
C for 

5 min. 

The percent weight loss and FR uptake of the fabric 

samples were recorded by weighing the fabrics 

before/after scouring process and FR treatment with  

AP solution, respectively. This information was 

used to identify the best scouring solution and 

scouring time that causes minimal fibre weight loss 

with significantly improved FR uptake.  

2.3 Composite preparation and characterisation 

An assembly of eight layers of each type of control 

and flame retarded samples from non-scoured and 

scoured fabrics was pressed at 190 °C for 3.5 min 

under 50 kg/cm
2
 pressure to obtain laminates of ~3 

mm thicknesses.   

The fire performance of the composite laminates 

was evaluated using UL-94 and cone calorimetry. 

The UL-94 test was conducted in both horizontal 

and vertical orientations, from which rate of 

burning for each sample was also recorded. For 

cone calorimetry, three specimens of each sample 

were tested at 35 kW/m
2
 according to ISO 5660.  

The mechanical performance of composites was 

evaluated in tensile, flexural and impact modes. 

Tensile and flexural tests were conducted using an 

Instron 3369. Tensile test was performed using 50 

kN load cell with the crosshead speed at 1 mm/min. 

The gauge length of each specimen was 100 mm. 

Polymeric tabs were bonded at the end of 

specimens to improve the gripping and to ensure 

failure within the gauge region. In flexural mode 

three point bending tests were carried out using a 

100 N load cell at 0.5 mm/min crosshead speed. 

Impact properties of composites were tested using 

an Instron Dynatub with 1.02 kg load and 100 mm 

falling height. 

2.4 Fibre-matrix interfacial adhesion 

The morphology of the fractured surfaces of 

composite laminates after tensile test was studied 

by scanning electron microscopy (SEM, Hitachi S-

3400N) with the acceleration voltage 10 kV. The 

samples were gold coated using Polaron Range 

SC7620 Sputter Coater with 60 s plasma exposition 

prior to analysis. 

 

3 Results and discussion 

3.1 Selection of suitable scouring solution for 

fabrics 

In order to study the effect of different alkaline 

solutions on the FR uptake of fabrics, 

scouring/washing process was carried out according 

to standard procedure used for flax fabrics as 

discussed in Section 2.2. The fabric samples were 

weighed before and after the process and the change 

in weight of the fabrics after treatments is given in 

Table 1. The results show that  20 g/L NaOH is the 

most aggressive solution for scouring flax fabric as 

the percent weight loss is very high (16.2%) 

compared to other solutions  (~10%). For flax/PLA 

a significant weight loss of 39.2% is observed after 

scoured with NaOH, which could be due to PLA 

dissolving in a strong alkaline solution. The ester 

group (-COO-) of PLA, similar to other aliphatic 

polyester can hydrolyse with an alkali solution 

through saponification reaction [7]. However, with 

Na2CO3 and Na3PO4 (weaker alkali agents) 

solutions the weight loss is less than in NaOH. For 

flax/PP fabrics the effect of alkali solutions on 

weight loss is less compared to flax fabrics and 
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flax/PLA, which is as expected due to alkali 

resistance of PP.  

As can be seen from the results in Table 1, with all 

scouring agents used the weight loss of all fabrics 

and in particular flax/PLA is more than expected if 

only sizing was removed. This could be due to 

lignin and pectin also being removed during the 

process. However, for composites these 

components are useful and only size needs to be 

removed. Therefore, scouring/washing conditions 

needs to be optimised in order to identify the 

minimum weight loss that significantly improves 

FR uptake. Based on this criteria, Na2CO3 and 

Na3PO4 were selected for further study.  

To optimize the scouring conditions, FR uptake 

values of flax, flax/PP and flax/PLA fabric after 

scouring at 60 
o
C with Na2CO3 (10 g/L solution) 

and Na3PO4 (10 g/L solution) for different  times 

were measured and are shown in Figure 1. Non-

scoured flax fabric, as expected, showed better FR 

pick-up (85%) compared to non-scoured flax/PP 

(70%) and flax/PLA (75%) fabrics. On flax fabrics 

both Na2CO3 and Na3PO4 showed a very little effect 

of scouring up to 20 min. The FR uptake increased 

after 30 min, reaching a maximum of 90% after 60 

min scouring. For flax/PP fabric, Na2CO3 increased 

the FR uptake from 70% to 87% in 30 min, which 

then remained stable up to 90 min. Similar trend 

was shown by Na3PO4. For flax/PLA, Na2CO3 

significantly increased the FR uptake from 75% to 

84% after 45 min, while Na3PO4 increased the FR 

uptake to same level after 60 min. Based on these 

results, Na2CO3 (10 g/L solution) with 30 minutes 

scouring time was selected as an optimized 

condition to treat the fabrics prior to treatment with 

the flame retardant.  

3.2 Fire performance of composite laminates  

The fire performance of laminates prepared from 

non-scoured/scoured control and AP flame retarded 

flax/PP and flax/PLA fabrics was evaluated by UL-

94 and cone calorimetric tests.  

3.2.1 Effect of flame retardant 

According to UL-94 standard test, the laminates 

were tested in both vertical and horizontal 

orientation and the results are given in Table 3. The 

control flax/PP and flax/PLA laminates failed 

vertical rating as the specimens were completely 

burnt up to the sample holder. The treatment of 

flax/PP with AP did not improve the UL-94 rating 

of the AP-Flax/PP laminate, as the sample burned 

completely.   However, AP significantly improved 

fire performance of flax/PLA and the laminate 

passed UL-94 vertical test with V-0 rating. The 

burning rate of samples in vertical and horizontal 

orientation were also measured in order to have 

better understanding of the effect of AP on 

flammability of composite laminates, Table 3. The 

burning rate of flax/PP laminate was 166 mm/min 

in vertical and 21 mm/min in horizontal test. 

Whereas, flax/PLA laminate had vertical burning 

rate 135 mm/min and horizontal burning rate 12 

mm/min, i.e., less than flax/PP. The addition of AP 

in composites significantly reduced vertical and 

horizontal burning rate of flax/PP and flax/PLA 

laminate as shown in Table 3. With the addition of 

AP in flax/PP laminate, vertical burning rate was 

reduced to 65 mm/min (about 60% reduction), and 

horizontal burning rate could not be calculated as 

the flame went out soon after removal of the burner. 

For AP containing flax/PLA laminate, vertical and 

horizontal burning rate could not be calculated as 

the samples did not ignite, resulting in V-0 rating.  

The flammability results of the laminate samples 

evaluated  by cone calorimetry in terms of time-to-

ignition (TTI), flame-out time, peak of heat release 

rate (PHRR), time to peak of heat release rate 

(tPHRR), total heat released (THR) and effective 

heat of combustion (EHC) are presented in Table 4. 

The graphical presentation of heat release rate as a 

function of time can be seen in Figures 2. Flax/PP 

laminate ignited at 28 s and showed two peaks of 

heat release rate (PHRR) of 429 and 372 kW/m
2 

intensity at 73 s and 163 s, respectively, producing 
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89 MJ/m
2
 of THR. Flax/PLA laminate however, 

ignited at 45 s (17 s later than flax/PP), also showed 

two peaks of heat release, 266 kW/m
2
 at 69 s and 

287 kW/m
2
 at 142 s, which are much lower than 

those of flax/PP. The THR of flax/PLA (48 MJ/m
2
) 

is also much lower than that of flax/PP. These 

double peaked heat release rate behaviour of 

flax/PP and flax/PLA laminates is a typical 

behaviour of a cellulosic fibre - composite. The first 

peak of heat release rate represents the burning of 

laminate after ignition. During this stage the flax 

fibres start charring. This charred layer could act as 

thermal barrier for the underlying polymer, slowing 

down its burning until the charred layer cracks and 

then the second peak appears [8]. The addition of 

mono-ammonium phosphate in flax/PP laminate 

(11.3 wt-% for AP treated flax/PP fabric, Table 2) 

did not affect time-to-ignition of the laminate (AP 

Flax/PP), but prolonged flame out time from 344 s 

of control sample to 517 s, however, both PHRR 

values were significantly reduced. The first PHRR 

was reduced from 429 kW/m
2
 of control sample to 

255 kW/m
2
 in AP-Flax/PP, indicating effectiveness 

of AP in reducing flammability. The second PHRR, 

which represents the effectiveness of char formed 

as a result of condensed phase activity of AP was 

also decreased from 372 kW/m
2
 in control (flax/PP) 

to 199 kW/m
2
 in AP Flax/PP.  THR (81 MJ/m

2
) and 

EHC (25 MJ/kg) of AP flax/PP laminate were also 

reduced compared to the control sample (89 MJ/m
2
 

THR and 28 MJ/kg EHC). AP generally works in 

condensed phase by promoting more char formation, 

which can act as a thermal barrier to inhibit further 

decomposition of the underlying polymer [9]. When 

AP is heated it will release phosphoric acid which 

then will react with hydroxyl groups in cellulosic 

materials to form phosphorus ester that can catalyse 

the dehydration of cellulose leading to promoting 

char during combustion [9-12]. The acid may also 

cross-link with cellulose leading to change of 

pyrolysis pathway to yield less flammable 

decomposed products [12]. This condensed phase 

effect of AP is also supported by an improvement in 

char formation of the sample percent char yield was 

also increased from 4.3% to 13.3%. 

AP showed better efficiency in flame retarding 

flax/PLA laminate compared to flax/PP, as can be 

seen from results in Table 4. With the presence of 

AP, TTI of AP Flax/PLA laminate was delayed 

from 45 to 62 s, and the flame out time was also 

shortened to 81 s. Moreover, presence of AP 

significantly decreased PHRR, THR and EHC of 

the AP Flax/PLA laminate. THR was reduced to 14 

MJ/m
2
 (69% reduction) and THR was reduced to 4 

MJ/kg (71% reduction). Both peak heat release 

values were also significantly reduced, the first 

PHRR to 51 kW/m
2
 and the second to 58 kW/m

2
, 

showing about 80% reduction of each peak 

compared to the control sample. The condensed 

phase activity of AP also improved the % char yield 

from 4.1% in control flax/PLA to 14.2% in AP 

Flax/PLA. Time to second PHRR was also 

increased from 142s in control sample to 299 s in 

AP- Flax/PLA. 

3.2.2 Effect of scouring 

According to UL-94 results in Table 3, the scouring 

process had a negative effect on flammability of 

non flame retarded flax/PP and flax/PLA laminate 

as the burning rates in both vertical and horizontal 

orientation are slightly higher than respective 

control samples. The results though are within the 

experimental error range (Table 3). This is possibly 

due to the loss of lignin and pectin during scouring 

process, which have better thermal stability than 

cellulosic structure [4,5]. However, comparing the 

flammability of flame retarded composite laminates 

between scoured and non-scoured samples, the 

scouring process (pre-treatment of fabric) showed 

minimal effect. For example, the vertical burning 

rate of AP-Flax/PP and S-AP Flax/PP is 65 and 63 

mm/min, respectively. This might be due to the 

higher FR uptake by scoured fabric (see Table 2) 

resulting in higher FR concentration in composite 

laminate produced from scoured fabric compared to 

those of non-scoured samples.  
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On comparing the results of non flame retarded 

laminate from scoured and non-scoured fabric 

shown in Table 4, it can be seen that the scouring 

process slightly increased flammability of flax/PP 

and flax/PLA laminate due to the removal of lignin 

and pectin during the scouring process. THRs 

increased from 89 MJ/m
2
 in flax/PP to 92 MJ/m

2
 in 

S-Flax/PP, and 48 MJ/m
2
 in flax/PLA to 54 MJ/m

2
 

in S-Flax/PLA. Both PHRR values for both samples 

are also slightly higher than the respective control 

samples. As can be seen from Table 2, scouring 

helped in increasing the FR uptake of both flax/PP 

and flax/PLA fabrics, hence the AP concentration in 

S-AP Flax/PP and S-AP Flax/PLA laminates is 

higher than respective samples from non-scoured 

fabrics. Laminates with scoured fabrics are 

expected to show better flame retardant properties 

as compared to non-scoured ones. However, as seen 

from results in Table 4, this is not the case. 

Scouring reduced TTI; increased PHRRs, THR and 

EHC of FR treated flax/PP and flax/PLA laminates. 

This reduction could be due to removal of 

hemicelluloses, lignin and pectin from flax fibres 

during scouring process [5], decreasing the overall 

cellulosic content of flax. 

In summary, both UL-94 and cone calorimetric 

results have shown that scouring of hybrid fabrics 

prior to flame retardant treatment has a negative 

effect on flammability of flame retarded flax/PP 

and flax/PLA composite laminates  

3.3 Mechanical performance  

The mechanical test results of the control and flame 

retardant composite laminates from scoured and 

non-scoured fabrics tested in tensile, flexural and 

impact mode are given in Table 5. The tensile 

modulus of tested specimens was calculated from 

the elastic region of stress-strain curves. 

3.3.1 Effect of flame retardant 

The tensile modulii of control flax/PP and flax/PLA 

laminate were 6.6 GPa and 10.2 GPa, respectively. 

The presence of AP flame retardant reduced the 

tensile modulus of the flax/PP laminates from 6.6 

GPa to 5.7 GPa in AP Flax/PP. However, the 

tensile modulus of flax/PLA was significantly 

reduced with the addition of AP, i.e., >50% 

reduction was observed. The tensile properties of 

composite laminates are reinforcement dependent 

[13]. Lower modulus of flax/PP indicates poor 

fibre-matrix adhesion. The reduction of tensile 

modulus in AP treated laminates is due to the fact 

that during laminate preparation, mono-ammonium 

phosphate could start decomposing (decomposition 

temperature = 170 – 180
 o

C) producing phosphoric 

acid, which reacts with the cellulosic flax fibre, 

reducing the fibre strength. The effect is more 

pronounced in flax/PLA because phosphoric acid 

also reacts with PLA, reducing the strength even 

more.   

The flexural modulus of flax/PP laminate was 8.2 

GPa while flax/PLA laminate was 16.5 GPa (see 

Table 5). The presence of AP in flax/PP laminates 

slightly improved the flexural modulus from 8.2 

GPa of control flax/PP laminate to 8.4 GPa. On the 

other hand, AP significantly reduced flexural 

modulus of flax/PLA laminate from 16.5 GPa of 

control sample to 4.7 GPa of AP Flax/PLA. As the 

flexural properties of composite laminates are 

polymer matrix dependent rather than fibre 

reinforcement [13], AP has less effect on PP 

containing sample compared to PLA containing 

sample. PP, being non-polar, does not react with 

AP, whereas ester group of PLA polymer has 

reacted with phosphoric acid generated from AP 

flame retardant. 

The laminates were also tested for their impact 

resistance. From Table 5, impact modulii of flax/PP 

and flax/PLA laminate were 11.0 GPa and 14.9 

GPa, respectively. The presence of AP in laminates 

decreased the impact modulii of both flax/PP and 

flax/PLA laminates. While the reduction in impact 

modulus of AP Flax/PP was from 11.0 GPa of 

control sample to 9.4 GPa, in case of flax/PLA the 

reduction was ~90%, from 14.9 GPa of control 
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laminate to 1.6 GPa in AP Flax/PLA. Similar to 

flexural properties, impact properties are also 

matrix dependent [13]. Since AP reacts with PLA, 

PLA’s mechanical properties are significantly 

reduced. 

3.3.2 Effect of scouring 

The scouring of flax/PP and flax/PLA slightly 

increased the tensile modulii of the laminates 

prepared from these fabrics compared to those from 

non-scored fabrics. The tensile modulus of flax/PP 

was increased from 6.6 GPa to 8.4 GPa for S-

Flax/PP (27% increase), while for flax/PLA 

laminate, the value increased from 10.2 GPa to 10.9 

GPa in S-Flax/PLA (7% increase). This increase of 

tensile modulus may be due to removal of sizing, 

hemicelluloses, lignin, pectin, waxes etc. in flax 

fibre during scouring process, leading to change in 

fine structure of cellulose and production of rough 

surface [2]. This physically improves interfacial 

bonding between fibre and matrix by giving rise to 

additional sites for mechanical interlocking, 

therefore promoting more polymer penetration at 

the interface [14-16]. The fibre-matrix interfacial 

adhesion plays an important role in mechanical 

performance of composites. The greater fibre-

matrix adhesion gives better load-transfer between 

fibre reinforcement and polymer matrix resulting in 

greater mechanical performance [14-16]. Similar 

results were observed for flame retarded laminates, 

where scouring increased the tensile modulus.  To 

study the effect of scouring on the fibre-matrix 

interfacial adhesion, scanning electron microscopy 

(SEM) was employed to observe the fibre-matrix 

adhesion from the fracture surface of composites 

samples after tensile tests. As seen in Figure 3, the 

laminate from scoured fabric shows better fibre-

matrix adhesion compared to laminate from non-

scoured fabric. Figure 3(a) shows that the fibre 

breaking position in laminate from scoured fabric is 

at similar level as the fracture surface of polymer 

matrix, which indicates a good adhesion between 

fibre and matrix [17,18]. Whereas, Figure 3(b) for 

non-scoured sample shows that the fibres have been 

pulled-out before breaking from the matrix, long 

fibres protruding through the fractured surface can 

be clearly seen. This shows that the scouring 

improved the fibre-matrix interfacial adhesion of 

composites resulting in improvement of mechanical 

properties as shown by increase of tensile modulus.   

The effect of scouring on flexural properties is also 

similar to tensile properties as can be seen from 

Table 5.  With scouring flexural modulus of non-FR 

treated flax/PP increased from 8.2 GPa in control 

sample to 10.9 GPa in S-Flax/PP (33% increase), 

while for non-FR treated flax/PLA it increased from 

16.2 GPa to 18.5 GPa (14% increase). This increase 

in flexural modulus represents increased fibre-

matrix interfacial adhesion in composite leading to 

better load-transfer between fibre reinforcement and 

the polymer matrix [14-16]. However, this effect is 

more pronounced in flax/PP laminate than in 

flax/PLA. The scouring caused some hydrolysis of 

PLA, hence the improvement in mechanical 

properties of flax/PLA is less. For AP containing 

flax/PP and flax/PLA laminates, the flexural 

modulii of laminate from scoured fabrics were also 

higher than those from non-scoured fabrics. The 

modulus of AP flax/PP laminate increased from 8.4 

GPa to 8.8 GPa for S-AP Flax/PP, while the 

modulus of AP flax/PLA laminate increased from 

4.7 GPa to 5.3 GPa in S-AP Flax/PLA.  

The effect of scouring on impact modulus is similar 

to that on flexural. The control and flame retarded 

laminates from scoured fabrics showed slightly 

higher impact modulus than non-scoured samples. 

 

4 Conclusions 

Mono-ammonium phosphate significantly improved 

the fire retardancy of flax/PP and flax/PLA 

laminates. While AP containing flax/PP failed UL-

94 test, the burning rate was reduced more than 

50% in vertical orientation. In horizontal direction 

the sample self extinguished. AP showed even 
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better flame retardant efficiency with flax/PLA 

laminate as the sample did not ignite, resulting in 

achieving V-0 rating. Cone calorimetric results also 

confirmed the efficiency of AP with reduction of 

PHRRs, THR, EHC and enhancement in residual 

char formation in flame retarded samples. The 

presence of AP however reduced mechanical 

properties of laminates, the effect was very 

pronounced in flax/PLA.  

 

The scouring process (pre-treatment of fabric prior 

to further processing) slightly increased 

flammability of laminates, shown by increased  

PHRRs, THR and EHC from cone calorimetric 

results in all samples, which could be explained due 

to  removal of hemicelluloses, lignin and pectin, 

which have higher thermal stability than cellulosic 

structure. However, scouring helped in increasing 

the mechanical properties, which can be explained 

due to change in the fine structure of cellulose, 

producing rough surface leading to interfacial 

bonding improvement by increasing additional sites 

of mechanical interlocking between fibre and 

matrix. The increase in mechanical properties with 

scouring process though is minimal. Since with 

scouring, the flame retardancy of the laminates is 

reduced and the enhancement in mechanical 

properties is also marginal, it can be concluded that 

there is no advantage of using an extra process of 

scouring during flame retardant composite laminate 

preparation.   
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Table 1. Weight loss of flax, flax/PP and flax/PLA 

fabrics after scouring 

 Sample  Scouring  

agent 

Conc. 

(g/L) 

Temp 

(
o
C) 

Time 

 (hrs) 

Weight 

loss  

(%) 

 Flax  NaOH 20 90 ± 5 1 16.2 

   Na2CO3 10 70 ± 5 1 10.4 

  
 

10 70 ± 5 2 11.9 

   Na3PO4 10 50 ± 5 1 10.1 

  5 40 ± 5 1 6.6 

 Flax/PP  NaOH 20 90 ± 5 1 11.1 

   Na2CO3 10 70 ± 5 1 7.5 

  
 

10 70 ± 5 2 7.7 

   Na3PO4 10 50 ± 5 1 7.0 

 Flax/PLA  NaOH 20 90 ± 5 1 39.2 

   Na2CO3 10 70 ± 5 1 8.8 

  
 

10 70 ± 5 2 10.9 

   Na3PO4 10 50 ± 5 1 5.5 

Table 2. Weight loss and percent FR content of flax/PP 

and flax/PLA fabric after scouring with Na2CO3 (10 g/L 

solution) and FR treatment with 20 wt-% AP solution 

 Sample 

Weight loss of 

fabric after 

scouring 

(%) 

FR content in 

the fabrics 

(%) 

S-Flax/PP 2.3 ± 0.2 - 

AP Flax/PP - 11.3 ± 2.4 

S-AP Flax/PP 2.2 ± 0.1 15.3 ± 0.2 

S-Flax/PLA 4.5 ± 0.7 - 

AP Flax/PLA - 12.3 ± 0.7 

S-AP Flax/PLA 4.4 ± 0.4 14.6 ± 0.3 

 

 

Fig. 1 FR uptake of flax, flax/PP and flax/PLA fabrics 

after scouring with; a) Na2CO3 (10 g/L solution), b) 

Na3PO4 (10 g/L solution) for different times. 
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THE EFFECT OF FABRIC SCOURING ON FIRE AND MECHANICAL PERFORMANCE OF FLAME 

RETARDED FLAX/PP AND FLAX/PLA COMPOSITES 

Fig. 2 Heat release rate curve of control and FR flax/PP 

(a) and flax/PLA (b) composites from scoured and non-

scoured fabric 

  

Fig. 3 The SEM images of fracture surface of AP treated 

flax/PP laminates from scoured (a) and non-scoured (b) 

fabrics 
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Table 3. UL-94 results of control and FR flax/PP and flax/PLA composites from scoured and non-scoured fabric (vertical 

and horizontal) 

Sample 

UL-94 

Horizontal flame spread Vertical flame spread 

V-rate 
B. Length 

(mm) 

B. Time  

(s) 

B. Rate 

(mm/min) 

B. Length 

(mm) 
B. Time (s) 

B. Rate 

(mm/min) 

Flax/PP 100 295 ± 32 21 ± 2 100 36 ± 2       166 ± 8 Failed 

S-Flax/PP 100 277 ± 6 22 ± 1 100 36 ± 5 171 ± 24 Failed 

AP Flax/PP
1
 - - - 100 93 ± 4 65 ± 3 Failed 

S-AP Flax/PP
1
 - - - 100 96 ± 0 63 ± 0 Failed 

Flax/PLA 100 497 ± 21 12 ± 1 100 45 ± 3       135 ± 7 Failed 

S-Flax/PLA 100 462 ± 6 13 ± 1 100 42 ± 3 143 ± 10 Failed 

AP Flax/PLA
2
 - - - - - - V-0 

S-AP Flax/PLA
2
 - - - - - - V-0 

1 
The flame went out before reaching the timing mark after removal of the burner 

2
 Sample did not ignite, thus burning rate could not be calculated 
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Table 5. Mechanical properties of scoured and flame 

retarded flax/PP and flax/PLA composites  

 Sample 

Fibre 

Vol. 

Fraction  

Tensile 

Modulus 

Flexural 

Modulus 

Impact 

Modulus 

(%) (GPa) (GPa) (GPa) 

Flax/PP 37.5 6.6 ± 0.2 8.2 ± 0.5 11.0 ± 0.1 

S-Flax/PP 37.5 8.4 ± 0.0 10.9 ± 1.4 11.4 ± 0.2 

AP Flax/PP 37.5 5.7 ± 0.3 8.4 ± 0.6 9.4 ± 1.0 

S-AP Flax/PP 37.5 6.2 ± 0.9 8.8 ± 1.8 9.5 ± 0.2 

Flax/PLA 45.3 10.2 ± 1.4 16.2 ± 0.9 14.9 ± 0.2 

S-Flax/PLA 45.3 10.9 ± 0.0 18.5 ± 1.4 15.4 ± 0.1 

AP Flax/PLA 45.3 4.1 ± 1.5 4.7 ± 0.8 1.6 ± 0.2 

S-AP Flax/PLA 45.3 4.5 ± 0.9 5.3 ± 3.3 1.9 ± 0.8 

 

 

Table 4. Cone calorimetric results of control and FR flax/PP and flax/PLA composites from scoured and non-scoured fabric 

at 35 kW/m
2
 external heat flux 

 Sample 

TTI FOT Peak 1 Peak 2 THR EHC Residue 

(s) (s) 
PHRR 

(kW/m
2
) 

tPHRR 

(s) 

PHRR 

(kW/m
2
) 

tPHRR 

(s) 
(MJ/m

2
) (MJ/kg) (%) 

 Flax/PP 28 ± 1 344 ± 11 429 ± 49 73 ± 6 372 ± 7 163 ± 1 89 ± 4 28 ± 1 3.9 ± 0.9 

 S-Flax/PP 26 ± 3 352 ± 11 477 ± 13 72 ± 0 400 ± 2 104 ± 6 92 ± 6 28 ± 1 4.3 ± 1.8 

 AP Flax/PP 28 ± 1 517 ± 6 255 ± 6 66 ± 0 199 ± 5 311 ± 7 81 ± 1 25 ± 0 13.3 ± 0.9 

 S-AP Flax/PP 27 ± 1 516 ± 16 254 ± 4 65 ± 4 208 ± 10 312 ± 28 83 ± 2 26 ± 0 14.6 ± 1.9 

 Flax/PLA 45 ± 2 232 ± 4 266 ± 34 69 ± 7 287 ± 10 142 ± 3 48 ± 3 14 ± 1 4.1 ± 1.0 

 S-Flax/PLA 49 ± 4 264 ± 12 267 ± 20 67 ± 4 270 ± 35 142 ± 3 54 ± 2 15 ± 0 3.7 ± 2.5 

 AP Flax/PLA 62 ± 1 81 ± 3 51 ± 6 73 ± 1 58 ± 17 299 ± 41 14 ± 4 4 ± 1 14.2 ± 0.5 

 S-AP Flax/PLA 57 ± 1 284 ± 8 66 ± 6 107 ± 30 73 ± 13 231 ± 18 23 ± 4 8 ± 1 14.6 ± 1.0 
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1 Introduction 

Coated carbon fibers provide a high potential as 

carrier of functions in composite materials for the 

application in lightweight constructions. For 

instance, layers of low-melting metals like zinc carry 

the function of an adhesion promoter for wear-

resistant top coatings on carbon fiber reinforced 

polymers (CFRP’s) [1]. High melting coating 

materials like copper are useful for joining zones to 

solder metals with composites which will substitute 

the common joining techniques for CFRP’s like rivet 

and screw connections [2, 3]. The generation of 

metallic coatings on carbon fiber rovings by means 

of electrodeposition techniques [4, 5, 6, 7] was 

studied. The obtained coatings were examined and a 

wide spectrum of influencing factors of the coating 

process was identified. Further future objective of 

the obtained results is to deduce working parameters 

of a continuous coating process in order to create 

adhesive joining zones on CFRPs. 

 

2 Experimental 

2.1 Preparation of the substrates  

Carbon fiber rovings of the type Toho Teijin 

Tenax-E HTA 40 E13 3K were cut into segments of 

approximately 120 mm length and crimped at one 

end by a ferrule.  

Furthermore, non-woven fabrics of the (type 756 by 

C. Cramer Weberei GmbH & Co. KG with Toho 

Teijin Tenax HTA 40 E13 3K fibers) and woven 

fabrics (160 g m  type by R&G Verbundwerkstoffe 

GmbH with Toho Teijin Tenax HTA 40 E13 3K 

fibers) were cut into segments of 40 x 60 mm to coat 

the top layer of the carbon fibers. Desizing was 

carried out by immersing the carbon fibers in 

acetone for 60 minutes. 

To produce CFRP, the carbon fiber substrates were 

infiltrated with epoxy resin “L” and hardener 

“EPH 161” both by R&G Verbundwerkstoffe GmbH 

with a resin/hardener ratio of 100/25 in an aluminum 

laminating form. Therefore, the aluminum 

laminating form was prepared by spraying a 

silicone-free releasing agent with an operating 

temperature of up to 120 °C. After the lamination 

process the samples were cured under preload for 

24 hours at room temperature. 

Samples for joining experiments were grinded at the 

surface to remove epoxy matrix material from the 

top layer of carbon fibers. 

 

2.2 Metal deposition on substrates 

The prepared substrates were immersed in a specific 

electrolyte for zinc, tin or copper at a temperature 

25±1 °C. An insulating frame construction made of 

acrylic glass was used to coat the substrates on a 

length of 70 mm homogenously. The distance 

between substrate and both anodes was set to 3 cm 

each. The electrodeposition on carbon fiber rovings 

and CFRP was carried out under variation of the 

process parameters like current density from 0.25 to 

1.5 A/dm² which was adjusted by a power supply 

unit Beha Uniwatt NG 304 or plating time from 5 to 

60 minutes. The agitation of the electrolyte was 

secured by a laboratory mixer IKA C MAG HS 7. 

The coated samples were rinsed with distilled water 

and ethanol. Subsequently, drying at 60 °C for 

4 hours in a vacuum compartment dryer finalized the 

coating process. 

 

2.3 Soldering of single lap joints 

In further joining experiments single lap joints were 

produced by soldering a zinc- or copper-plated 

CFRP with a steel sheet. The overlapping area was 
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10 mm width, the length varied between 10 and 

15 mm. Because of its excellent wetting on the 

substrate materials and the low operating 

temperature a tin-lead solder (Sn60Pb40) was used. 

For pre-wetting, the single sheets were first dipped 

into liquid flux (Kolo 400-25 by Stannol) and 

afterwards immersed into the liquid solder 

(T = 220 °C, t = 15 s). The lap joints were soldered 

by using the joining equipment in Fig. 1. Thereby, 

the sheets were pressed together with a force of 

20 N. The operating temperature of 220 °C was 

controlled by a thermocouple. 

 

2.4 Characterization methods 

Contact angle measurements were performed to 

determine the solderability of the samples. 

Therefore, rovings of metal-coated carbon fibers 

were immersed 5 mm deep in molten solder for 3 s 

and cleaned in ethanol with ultrasonic for 10 s after 

solidification. For copper and zinc coating a 

tin/silver SnAg5 solder was used at a temperature of 

250 °C. Tin specimens were soldered at 80 °C with a 

low-melting Rexin Universal-Solder 65. To prevent 

oxidation of the surface of molten solder, it was 

wetted with the flux Kolo 400-25 by Stannol. Pre-

treatment of the specimens for the hindrance of 

oxidation or descaling was realized as follows:  

a) copper was wetted with flux Kolo 400-25 by 

Stannol, b) zinc was immersed in hydrochloric acid 

(3.7 %) for 3 s and wetted with flux Fontargen F600 

S15 equally c) tin was treated. 

Four specimens of each type of metal coating were 

prepared by longitudinal cutting to determine the 

average values of the contact angle via optical 

microscope Olympus GX51. 

Mechanical characterization of the metal-coated 

carbon fiber rovings was carried out by tensile tests 

in dependence on test specification DIN EN 1007-5. 

Samples of 20 mm long rovings were soldered on a 

steel sheet with a defined joining-length of 1–3 mm. 

The other end of the roving was glued on a 

mounting device to fit the sample in the tensile 

testing machine manufactured by Kammrath & 

Weiss GmbH. The feed rate was adjusted to 

20 µm s
1
. After the tensile test the joining zone of 

each sample was polished as cross-section to 

determine the number of fibers which are passing 

through the joint (Fig. 2). The adhesive strength of 

the coating is calculated by use of the measured 

parameters (# … number of fibers; Ljoin … joining 

length; df = 7 µm … diameter of fiber) into 

equation 1. 

fjoin

adh
dL

F

#

max  (1) 

Mechanical characterization of single joint laps was 

realized by tensile shear tests according to 

DIN EN 1465 on a tensile/compression-module 

(Kammrath & Weiss GmbH). The feed rate was set 

at 2 µm s
1
. 

 

3 Results and Discussion 

3.1 Electrodeposition Experiments 

The electrodeposition process is influenced by the 

kind of metal to be deposited. The coatings on the 

carbon fiber rovings showed a specific morphology 

for each of the obtained layer (Fig. 3 5). A zinc 

coating for example (Fig. 3) leads to an 

inhomogeneous distributed layer-thickness. In Fig. 3 

the coated fibers show the most homogeneous result 

by applying a cathodic current density of 1 A dm ² 

for 15 minutes. Higher and also lower current 

densities will lead to uncoated fibers in the center of 

the roving. At high current densities an increasing 

occurrence of gaseous hydrogen is observed. This 

side reaction can also be verified by a lowering of 

the electrical yield from 100 % down to 90 %. At 

lower current densities the decreasing throwing 

power of the electrolyte is the reason for a less 

homogeneous coating. 

Tin coated carbon fibers show a typical pronounced 

dendritic growth behavior which gets broadened by 

increasing the cathodic current density. To get 

maximum dendrite-free and homogenous coated 

rovings a low cathodic current density of 

0.25 A dm ² must be applied during 15 minutes of 

the plating process (Fig. 4). 

Copper-plated carbon fibers show a homogenous 

distributed thickness of the coating. A cathodic 

current density from 0.25 to 1.5 A dm ² leads to such 

a result. The following experiments for mechanical 

characterization were performed with samples which 

are electroplated at 1 A dm ² for 5 minutes (Fig. 5). 

Carbon fiber fabrics can be metalized analogous to 

carbon fiber rovings. Here, mainly the outer C-fibers 

of the fabric are completely coated with copper. 

Thereby, the metallization of the fiber decreases 
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WEAR-RESISTANT COMPOSITE MATERIALS 

with increasing distance from the fabrics surface 

(Fig. 6). 

The electrolyte cannot penetrate in the lower C-fiber 

fabric layers and only the outer layers are metalized. 

When using copper paste as a contact agent between 

fabric and conductive clamp thicker layers (without 

paste: 3 4 µm; with paste: 7 10 µm) are deposited 

(Fig. 7). 

Carbon fiber woven is a quite better conducting 

carbon substrate, which can easily be coated with 

copper by electrodeposition technique (Fig. 8 10). 

Carbon fiber woven is coated at the outer layers, 

because the electrolyte cannot penetrate the woven. 

However, similar to other electroplating processes a 

structure-property relationship between metallization 

conditions and layer thickness can be detected. A 

longer coating time leads to thicker coatings. At 

15 minutes coating time, the layer thickness is about 

2 10 µm, at 30 minutes it amounts to 15 25 µm and 

at 45 minutes to 20 50 µm. 

 

3.2 Wetting Experiments 

Prior to the joining experiments the contact angle 

between metallic coating and solder material was 

examined to secure their solderability (Fig. 11). 

Coated carbon fibers with copper and zinc exhibit a 

similar contact angle (15°) to the corresponding 

metal wires with solder, which are around 20°. Tin-

coated carbon fibers with their distinct dendrites get 

well-wetted by solder but the measured contact 

angle is only 5°. All evaluated metal wire materials 

are known as joining partners with a well 

solderability. Based on this fact it can be argued that 

also the coated carbon fibers with similar contact 

angles can secure the necessary grade of 

solderability. 

 

3.3 Adhesive Strength Experiments 

To determine the adhesive strength of the metal 

coating on electroplated carbon fibers the described 

tensile test was performed. Typical force-distance 

diagrams were obtained (Fig. 12). The first low 

slope of the curve mainly shows the elasticity of the 

soldered and glued joints of the sample. At the 

plateau-shaped progression (at a force around 50 N) 

the successive collapse of single fibers is observed. 

This fact is also verified by optical monitoring of the 

specimen during the tensile test (Fig. 13). Further 

pulling causes a low decrease in measured force 

which is ascribed to a continued force fit by still 

intact carbon fibers. In cause of this behavior the 

carbon fibers are the weakest part of the sample. 

Both soldering zone and galvanic coating show a 

higher loadability than the fibers. This behavior is 

found for all examined types of metal coatings. 

Inserting the measured maximum force into 

equation 1 results the minimum adhesive strength of 

the coating on the carbon fiber (Fig. 14). All 

coatings show higher adhesive strengths than the 

calculated data of around 2 MPa. The significant 

parameter which has to be adjusted is the joining 

length Ljoin. By reducing this size a higher tensile 

strength can be reached at the same load on the 

sample. The observed interface between carbon fiber 

and metal coating will be characterized in more 

detail. In further experiments possibilities for the 

needed reduction of the joining length by using 

additional soldering materials like solder mask will 

be expedient. 

 

3.4 Joining Experiments 

Fig. 15 shows the possibility to solder a single lap 

joint of CFRP with metalized carbon fibers and steel 

sheets. For copper-coated specimens the cross-

section in Fig. 16 exhibits a continuous formation of 

a diffusion zone between copper/solder and 

solder/steel. The fracture pattern of the copper-

coated sample illustrates the strong interface 

between the copper layer and the fiber. The breakage 

runs in half each along the interface between fiber 

and coating as well as within the solder (Fig. 17). 

While the tensile shear strength of the copper-coated 

samples is 4.0±0.1 MPa, it is less than 1 MPa of the 

zinc coated ones. 

Only a few of the zinc-containing lap joints could be 

tested because of the poor joining result. Most of 

them broke by removing them from the joining 

equipment. The poor bonding is caused by the 

disability of the flux to remove the zinc oxides 

sufficiently before soldering. The relatively low 

adhesive strengths of the copper samples reveal a 

weak fiber/coating-bonding. Prospective, the 

adhesion could be increased by ensuring the usage 

of fully coated fibers (e.g. Fig. 5) instead of only 

top-coated ones on the surface of the CFRP (e.g. 

Fig. 18). 

ICCM19 5822



4 Conclusions 

In first experiments carbon fiber reinforced 

polymers were produced by impregnating the carbon 

fibers with an epoxy resin. Furthermore, the carbon 

fiber surface was removed by grinding the epoxy 

resin layer. To avoid problems with brittle surfaces 

or oxidation processes, the accessible carbon fibers 

were metalized by galvanic copper deposition 

(Fig. 18). 

The copper layer enables the possibility to solder the 

CFRP. In this context, the CFRP was jointed to steel 

(Fig. 16). The adhesion between the layers of the 

composite material was analyzed by measuring the 

tensile shear strength. If homogeneous coated fibers 

are needed for further application of the CFRP the 

coating process should be upstream of textile 

processing preferably. 

Those promising results form the basis for a modular 

approach to produce tailored CFRP. Therefore, a 

continuous coating procedure for different metals 

(Zn, Sn, Cu, …) has to be investigated. Thus, a large 

quantity of functional coated carbon fiber can be 

provided in the future. 

Finally, structure-property relationships between the 

metal, the thickness of the metal layer and the 

adhesion were determined to validate the mechanical 

performance of the CFRP as well as the soldered 

composite material performance. Further future 

objective of the obtained results is to deduce 

working parameters of a continuous coating process 

in order to create adhesive joining zones on CFRPs. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Figures 

 

 

Fig.1. Scheme of the joining equipment for soldering 

metallized CFRP to steel sheets under pressure using a 

heating plate. 

 

Fig.2. Microscopic image of a cross-section through the 

joining zone of a soldered copper plated carbon fiber 

roving for determination of the shear tensile strength of 

the coating. 
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Fig.3. Microscopic image of a cross-section of galvanic 

coated carbon fiber roving with zinc. 

 

Fig.4. Microscopic image of a cross-section of galvanic 

coated carbon fiber roving with tin. 

 

Fig.5. Microscopic image of a cross-section of galvanic 

coated carbon fiber roving with copper. 

 

Fig.6. Microscopic image of a cross-section of galvanic 

coated unidirectional carbon fiber layers with copper. The 

carbon fibers were contacted by a wet sponge. 

 

Fig.7. Microscopic image of a cross-section of galvanic 

coated unidirectional carbon fiber layers with copper. The 

carbon fibers were contacted by a paste of copper. 

100 µm 100 µm

50 µm50 µm
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Fig.8. Microscopic image of a cross-section of 15 minutes 

galvanic coated carbon fiber woven with copper. The 

carbon fiber woven was contacted by a paste of copper. 

 

Fig.9. Microscopic image of a cross-section of 30 minutes 

galvanic coated carbon fiber woven with copper. The 

carbon fiber woven was contacted by a paste of copper. 

 

Fig.10. Microscopic image of a cross-section of 

45 minutes galvanic coated carbon fiber woven with 

copper. The carbon fiber woven was contacted by a paste 

of copper. 

 
Fig.11. Comparison of the contact angles of copper, zinc 

and tin plated carbon fibers and the corresponding metal 

wires with solder material. 

 

Fig.12. Force-distance diagram of a soldered copper 

plated carbon fiber roving for determination of the shear 

tensile strength of the coating. 
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Fig.13. Photograph of a soldered copper plated carbon 

fiber roving after tensile test. 

 

Fig.14. Minimum adhesive strengths of metal coatings on 

carbon fibers. 

 

Fig.15. Soldered single lap joint of a CFRP with metal 

coated carbon fibers and a steel sheet. 

 

Fig.16. Microscopic image of a cross- section in 

longitudinal direction of the material in Fig.18. soldered 

with Sn60Pb40 to steel. 

 

Fig.17.  Fracture patterns of a soldered CFRP with metal-

coated carbon fibers and steel sheet after tensile shear 

tests. The breakage runs half inside the solder and half in 

the interface copper/fiber. 
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Fig.18. Microscopic image of a cross-section of a carbon 

fiber reinforced epoxy resin with a copper coating on the 

carbon fiber surface.  
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1 Introduction  

Composite structure is composed of very complex 

and heterogeneous material constituents. The 

heterogeneity of its microstructure leads the 

difficulty on the analysis of composite material. In 

the analysis, heterogeneous microstructure can be 

idealized such that possesses a periodic pattern. 

Such kind of idealization enables composite 

structure to be effectively and efficiently analyzed 

by using asymptotic expansion homogenization 

(AEH) method [1]. This method involves 

representative volume element (i.e., unit-cell) in two 

scales, those are microscopic and macroscopic. The 

unit-cell model is usually considered to be repeated 

infinitely in three-dimension (in-plane and out-of-

plane directions). Guedes and Kikuchi [2] used this 

method for evaluating the averaged elastic constants 

and equivalent stress of composite materials. Chung 

et al [3] employed AEH method for analyzing 

heterogeneous media. Unit-cell of 2-D plain weave 

composite was used in the numerical example. 

Mechanical response of the unit-cell due to the 

application of periodic boundary condition was 

figured out by localization method which can be 

viewed as the inverse of homogenization method. 

Localization analysis was also conducted by Pinho-

da-Cruz et al [4]. The study included the formulation 

of AEH method in strong form with the 

implementation on the microscopic structure which 

can be found in [5]. The mentioned studies exclude 

the calculation of coefficients of thermal expansion 

(CTE) and thermal residual stresses. However, the 

thermal effect should be considered due to its 

potentiality to affect composite damage behavior [6, 

7]. CTE of fiber reinforced composites are 

numerically studied using finite element method by 

Karadeniz and Kumlutas [8]. This study deals with 

micromechanical modeling and excludes 

macromechanical modeling. Some other AEH 

studies involving thermo-mechanical properties 

were conducted by Shabana and Noda [9] and 

Dasgupta et al [10]. However, thermal residual 

stresses distribution was not included in the studies. 

In this paper, thermo-mechanical properties and 

thermal residual stresses will be evaluated in the 

analysis using AEH method. 

AEH method uses periodic boundary condition 

which is usually assumed to be periodic in three-

dimension. However, composite laminates, 

especially in aerospace application, are very thin. It 

should not be considered infinitely in thickness 

direction. The effect of finite thickness in composite 

structure is suggested by Woo and Whitcomb [11] as 

a future study. In this paper, finite thickness effect 

will be evaluated by relieving periodic boundary 

condition in thickness direction. Asymptotic analysis 

using AEH method is carried out by implementing 

two kinds of periodic boundary conditions. The first 

kind of the boundary condition applies the 

periodicity in three-dimension whereas the second 

one has only in-plane periodicity (i.e., periodicity in 

thickness direction is omitted). Homogenized 

thermo-mechanical properties as well as 

characteristic displacement and thermal residual 

stress distribution will also be analyzed to 

understand the effect of finite thickness. 

 

 

2 Asymptotic Expansion Homogenization (AEH) 

Method 

2.1 General Concept 

In this paper, AEH method will be classified into 

two kinds based on the periodic boundary condition 

that is used. The first is ordinary method which 

includes periodic boundary condition in three-

dimension. The second is new method which 

relieves periodic boundary condition in thickness 

direction (i.e., out-of-plane direction). More detail 

explanation about periodic boundary condition will 

be presented in the subchapter 2.3.  
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Homogenization method regards periodic and 

heterogeneous microstructure as a homogeneous 

macrostructure. In Fig. 1, the elastic body Ω is 

subjected to traction t and body forces f, where the 

displacement is prescribed on Γd. This figure shows 

how a heterogeneous unit-cell is taken as a 

representative volume element of a homogeneous 

elastic body. Heterogeneous unit-cell consists of two 

parts, those are solid part (¥) and hole part (θ) as 

seen in Fig. 2. The unit-cell itself can be viewed 

from two domain scales (i.e., macroscopic and 

microscopic scales). 

Problems in equilibrium of structures can be solved 

by principle of virtual work. Eq. (1) is the 

mathematical expression of the principle of virtual 

work by including the thermal effect represented in 

strain term. In homogenization method, the equation 

involves the function of total domain by including 

microstructure region indicated by superscript ε. The 

term p is traction on the boundary between solid part 

and hole part (i.e., surface S).  

t

k i
ijkl kl i i

l j

i i i i

S

u v
E T d f v d

x x

t v d p v dS

 




  




 



  
     

  

  

 

 

 (1) 

AEH method expresses the displacement field by 

using asymptotic expansion series as follows 
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Microscopic displacement u1 is obtained by 

involving solution of variational problem (i.e., 

characteristic displacement) [2]. 
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(3) 

where χ and ψ are the characteristic displacement 

vectors for elastic and thermal problem respectively.  

Homogenization method considers the variation of 

microstructure variables within the unit-cell in both 

microscopic and macroscopic scales. The variation 

is delivered by periodic vector function g expressed 

in Eq. (4).  

     , ,g g g   x x y x y Y  (4) 

where ε = x/y and Y is the unit-cell dimension. The 

rigorous formulation of ordinary homogenization 

method which considers the unit-cell to be repeated 

infinitely in three directions (x1-, x2-, and x3- 

directions) can be found in [12].    

2.2 Formulation of New AEH Method 

In this subchapter, subsequent steps summarize the 

formulation of proposed new method which omitted 

the periodic boundary condition in thickness 

direction wherein the detail can be found in [12] and 

[13].  

The new method considers that the in-plane 

dimension of composite structure is much larger 

than the out-of-plane dimension. This consideration 

leads the unit-cell should not be repeated infinitely 

in thickness direction (see Fig. 3). In this study, the 

consequence of omitting the periodicity in thickness 

direction is proposed by involving the use of through 

thickness unit-cell. It means that the microstructure 

variables in thickness direction are varied within the 

microscopic scale, not in the macroscopic scale. It 

yields the different periodic vector function g which 

is represented in Eq. (5). 

   1 2 1 1 2 2 3, , , ,g g x x y Y y Y y   x  (5) 

Periodic vector function in Eq. (5) yields the 

derivatives with respect to macroscopic coordinate x 

as follows 

1 1 1

1g g g

x x y
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2 2 2
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3 3

1g g
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 (8) 

Periodic and heterogeneous microstructure will be 

regarded as macroscopically homogeneous structure 

by taking the limit of periodic vector function as ε 

approaches zero as expressed by the equation below 

   
0

¥

1
lim ,g d g dYd
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   x x y
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0

S

1
lim ,

S

g d g dSd
Y









   x x y  (10) 

where dY = dy1dy2dy3 and dΩ = dx1dx2. Substituting 

the asymptotic expansion series into the principle of 

virtual work equation and involving the 
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differentiation will results in three hierarchical 

equations based on the order of ε as follows 
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(13) 

The following procedures are carried out to solve Eq. 

(11)-(13): 

 

Order of ε-2: 

Multiplying Eq. (11) by ε2 and taking the limit using 

expression (9) obtains 

0

¥

1
0k i

ijkl

l j

u v
E dYd

Y y y


 
 

    (14) 

Eq. (14) is solved by determining the virtual 

displacement v. If v = v(x), Eq. (14) will 

automatically be satisfied. Choosing v = v(y) will 

need further treatments. Applying integration by 

parts and Gauss’ divergence theorem as well as 

considering in-plane periodic boundary conditions 

and free traction boundary at the top and bottom of 

unit-cell surfaces yields  
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Eq. (15) implies that  0 0

1 2,k ku u x x .  

This statement asserts that the macroscopic problem 

is reduced into two-dimensional problem in the new 

method. 

 

Order of ε-1: 

Multiplying Eq. (12) by ε and taking the limit using 

expression (9) and (10) yields 
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Choosing v = v(x) and considering  0 0

1 2,k ku u x x  

implies 

S

0i ip v dS   (17) 

Choosing v = v(y) and representing the microscopic 

displacement by Eq. (3) will obtains two 

microscopic equilibrium equations as follows 

For elastic problem: 
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For thermal problem: 
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(19) 

where i, j, k, p, q = 1, 2, 3 and l = 1, 2. Due to the 

symmetric property of elastic characteristic 

displacement vector χ, indexes ‘k’ in Eq. (18) will 

also be only 1 and 2. It implies that there are only 

three modes of χ, those are χ11, χ12, and χ22. 

 

Order of ε: 

Taking the limit of Eq. (13) using expression (9) will 

results the following equation 
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(20) 

Choosing v = v(x) and representing the microscopic 

displacement by Eq. (3) will obtains macroscopic 

equilibrium equation as follows 
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where: 

i, k, p, q = 1, 2, 3 

j, l = 1, 2   

 Macroscopic homogenized elastic constants: 

0

¥

1
kl

p

ijkl ijkl ijpq

q

E E E dY
Y y

 
    

  (22) 

 Averaged stresses due to internal forces: 

¥

1 p

ij ijpq

q

E dY
Y y
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 Averaged thermal stresses: 

 
¥

1t

ij ijpq pqE T dY
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    (24) 

 Averaged body forces: 

¥

1
i ib f dY

Y
   (25) 

 Macroscopic homogenized coefficients of 

thermal expansion: 

 0 01 t

kl ijkl ij ijS
T

    
 

 (26) 

where  
0

ijklS is the macroscopic homogenized 

compliance tensor.  

The above formulation implies the new AEH 

method by omitting the periodic boundary condition 

at the top and bottom of unit-cell surfaces will 

results in homogenized in-plane properties.    

Macroscopic equilibrium equation will then be used 

for solving the macroscopic displacement u0. 

Afterward, stresses on each point in the domain are 

approximated by the first approximation of stresses 

as represented by the following equation: 
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 (27) 

2.3 Periodic Boundary Condition  

Periodic boundary condition is implemented in the 

calculation procedures of elastic characteristic 

displacement vector (χ) and thermal characteristic 

displacement (ψ). Both characteristic displacements 

are calculated by solving Eq. (18) and (19), 

respectively.  

Periodic boundary condition is applied on the unit-

cell surfaces. Ordinary method considers the unit-

cell to be periodic or repeated infinitely in three 

directions. Such kind of boundary condition can be 

represented by the following equation. 
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and 
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New method proposes that the periodic boundary 

condition in thickness direction should be omitted. It 

is reached by relieving periodic boundary condition 

so that the top and bottom of unit-cell surfaces do 

not apply periodic boundary condition. This 

consideration can be represented as follows 
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and 
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3 Numerical Results 

In this study, two kinds of analysis will be done 

involving ordinary AEH method for a unit-cell with 

three directions periodicity and new AEH method 

for the unit cell with only in-plane periodicity. 

Numerical evaluation of periodic boundary 

condition will be performed by modeling the unit-
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cell of 3-D orthogonal interlocked composite. Fig. 4 

represents the schematic of the unit-cell of 3-D 

orthogonal interlocked composite represented in 

single stack model. The unit-cell consists of x-tow, 

y-tow, z-tow, and resin rich region. Each tow is 

composed of T300 fiber and Epoxy 828 with vf = 

54.6%. Tow and resin properties can be shown in 

Table 1 [14, 15].  

Characteristic displacement vectors are compared 

between the results obtained from ordinary and new 

methods. To understand the effects of releasing 

periodic boundary condition in thickness direction, 

numerical evaluation is performed by building the 

unit-cell with increasing number of stacks (1, 2, and 

4 stacks). Fig. 5 shows that the periodic boundary 

condition at the top and bottom of unit-cell model 

are successfully omitted by the new method. It 

indicates with the different displacement vector at 

the top and bottom of unit-cell surfaces as shown in 

Fig. 5(b) while the different result is obtained by 

ordinary method in Fig. 5(a). 

For a better understanding, the results of 

characteristic displacement obtained by model with 

4 stacks are shown by Fig. 6(a) and 6(b). It shows 

that the repeating pattern in thickness direction is 

obtained from the result of ordinary method (Fig. 

6(a)) while the different distribution is produced by 

new method (Fig. 6(b)).     

Homogenized properties are analyzed by involving 

the model with increasing number of stacks in the 

new method. Table 2 shows the results of ordinary 

method with three directions periodicity and new 

method with only in-plane periodicity. The obtained 

homogenized in-plane properties of new method will 

be normalized with the result of ordinary method by 

using a single stack. Fig. 7 shows the normalized 

homogenized thermo-mechanical properties as 

influenced by the increasing number of stacks. It 

shows that in the case of 3-D orthogonal interlocked 

composite, the releasing of periodic boundary 

conditions affects the Poisson’s ratio and 

coefficients of thermal expansion. The increase of 

number of stacks tends to minimize the discrepancy 

between the results of ordinary and new method. 

However, the elastic and shear modulus are 

insensitive to the finite thickness effect.   

The thermal residual stresses are also analyzed in 

this study. The results are shown by using the 4 

stacks model. Thermal residual stress distribution 

(σ11) obtained by application of periodic boundary 

condition in three directions and only in-plane 

periodic boundary condition are displayed by Fig. 

8(a) and 8(b) respectively. From the obtained results, 

the significant different pattern of stress distribution 

is occurred in region near z-tows. Fig. 9(a) and 9(b) 

represent the stress distribution along thickness 

direction of line A-A’ (see Fig. 8(a) and 8(b)). These 

figures show that the repeating pattern along 

thickness direction (i.e., from Stack 1 to 4) is 

occurred in the result obtained from ordinary method 

while the pattern is vanished when the periodic 

boundary condition in thickness direction is omitted. 

 

 

4 Conclusions 

Formulation of new AEH method has been proposed 

by including the thermal and finite thickness effects. 

The study considers finite thickness effect by 

relieving the periodic boundary condition at the top 

and bottom of unit cell surfaces. The formulation of 

new method asserts that the macroscopic problem is 

reduced into two-dimensional problem.  

In this paper, numerical evaluation was performed in 

the case of 3-D orthogonal interlocked composite. 

Results of new method (without periodicity in 

thickness direction) were compared to the ordinary 

method (three-dimension periodicity). Calculation of 

homogenized thermo-mechanical properties shows 

that the elastic and shear modulus obtained from 

new method are insensitive to the increase of 

number of unit-cell stacks while the Poisson’s ratio 

and coefficients of thermal expansion are affected. 

The numerical example shows that the increase of 

number of stacks tends to minimize the discrepancy 

between the results of ordinary and new method. 

Distribution of characteristic displacement and 

thermal residual stresses are also shown to 

understand the effect of relieving periodic boundary 

condition at the top and bottom of unit-cell surfaces. 

Different distribution pattern of characteristic 

displacement was obtained which indicates that the 

periodicity in thickness direction has been 

successfully omitted.    
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Fig. 1. Elastic body with heterogeneous and periodic 

microstructure 

 

 

 
Fig. 2. Unit-cell viewed from macroscopic and 

microscopic scales 

 

 

 
Fig. 3. Composite structure with only in-plane periodicity 
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Fig. 4. Schematic of the unit-cell of 3-D orthogonal 

interlocked composite 

 

 

 
(a) 

 

 

 
(b) 

 

Fig. 5. Elastic characteristic displacement 
12 : (a). 

ordinary method (three directions periodicity), (b). new 

method (only in-plane periodicity)   

 

 

 
(a) 

 

 

 
(b) 

 

Fig. 6. Thermal characteristic displacement 1 : (a). 

ordinary method (three directions periodicity), (b). new 

method (only in-plane periodicity)   

 

 

 
 

Fig. 7. Normalized homogenized thermo-mechanical 

properties as influenced by the increasing number of 

stacks 

 

 

ICCM19 5834



 
(a) 

 

 

 
(b) 

 

Fig. 8. Thermal residual stress 11 : (a). ordinary method 

(three directions periodicity), (b). new method (only in-

plane periodicity) 

 

 

 
(a) 

 

 

 
(b) 

 

Fig. 9. Thermal residual stress 11 along line A-A’: (a). 

ordinary method (three directions periodicity), (b). new 

method (only in-plane periodicity) 

 

 

Properties 
T300 

(vf=0.546)  
Epoxy828 Unit 

EL 127.120 3.500 GPa 

ET 8.090 3.500 GPa 

GLT 3.890 1.300 GPa 

GTT 2.680 1.300 GPa 

νLT 0.345 0.350 - 

νTT 0.512 0.350 - 

αL 6.04E-08 6.45E-05 (1/⁰C) 

αT 4.18E-05 6.45E-05 (1/⁰C) 

 

Table 1. Tow and resin properties 

 

 

Prop. 

Ordinary 

Method 
New Method 

1 Stack 1 Stack 2 Stacks 4 Stacks 

E1, E2 

(GPa) 
61.84 61.56 61.61 61.66 

ν12 0.047 0.043 0.044 0.044 

G12 

(GPa) 
3.503 3.457 3.477 3.490 

α1, α2 

(⁰/C) 
4.42E-06 3.93E-06 3.97E-06 4.07E-06 

 

Table 2. Homogenized thermo-mechanical properties 
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THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
In the last decade crashworthiness has become a 

fundamental aspect and affects heavily the design of 

racing cars of all categories. The regulations have 
become increasingly stringent and restrictive over 

time and cover different safety related aspects. As a 

consequence new structures for energy absorption 
has become indispensable parts for all the high 

performance cars. The design of these structures has 

been further complicated by the advent of composite 

materials which, while having excellent energy 
absorption capacity, exhibit fully orthotropic 

behaviour and multiple failure modes and for this 

reason are quite difficult to predict [1]. 
Crash investigations on composite structures 

reported in the literature are mainly based on 

experimental test analysis of small plates submitted 
to bending impact and on simple bars, of circular or 

rectangular cross section, of prismatic or tapered 

shape, submitted to axial impact [2–6]. Furthermore, 

some studies can be found concerning composite 
crash-boxes for automotive applications, but they are 

still few and do not cover all aspects of composite 

structure modelling [7-11]. 
The present paper is dealing with the lightweight 

design and the crashworthiness analysis of a 

composite nose cone as the Formula SAE racing car 

front impact attenuator (Figure 1).  
  

 
Fig. 1. Politecnico di Torino racing car – year 2008 

 
The geometry of a crash-box for racing car 

application is often very similar to a square frusta. 

The behaviour of these structures during axial 
loading conditions is critical to the energy 

absorption and crushing strength. Square frusta have 

been observed to fail in four major modes, 
depending on structural dimensions, material 

properties and testing conditions: deformation 

confined at impact wall (Mode-I), longitudinal crack 

progression (Mode-II), centrally confined 
circumference crack (Mode III) and large hinge 

progressive folding (Mode IV). An impact attenuator 

is designed to produce a Mode-I failure mechanism 
as the structure maintains a nearly constant crushing 

strength throughout the crushing process and the 

highest energy absorption. In order to obtain a 
progressive crushing from a composite structure 

during dynamic impact, it is necessary to take into 

account the lamination process and the gradual 

smoothing of the wall thickness, avoiding so sudden 
failure and high peaks of deceleration. A different 

production process can, in fact, influence 

significantly the final deformation of the impact 
attenuator while energy absorption values are not 

coincident. 

The analyzed impact attenuator is manufactured by 

lamination of prepreg sheets in carbon fibres and 
epoxy matrix, particularly used for sporting 

applications.  

To reduce the development and testing costs of a 
new safety design, it is recommendable to use 

computational crash simulations for early evaluation 

of safety behaviour under vehicle impact test. 
Without a doubt, the validation of numerical models 

for accurate simulation of structural response to 

crash impacts is an important aspect of 

crashworthiness research. Indeed, they constitute the 
necessary tools for the designer to study the 
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response of the specific structures to dynamic crash 

loads, to predict global response to impact, to 

estimate probability of injury and to evaluate 
numerous crash scenarios, not economically feasible 

with full scale crash testing [13,14]. The analysis of 

the crash behaviour was therefore conducted both 
numerically, using explicit FE codes as LS-DYNA, 

and experimentally, by means of an appropriately 

instrumented drop weight test machine.  

In order to assess the quality of the simulation 
results, initially a complete comparative analysis 

with material characterization was developed on 

simple CFRP composite tubes subjected to dynamic 
axial impact loading. The crushing behaviour of 

these structures was investigated using both shell 

and solid elements with cohesive material, in order 
to reproduce also the delamination phenomenon. 

Only after having obtained a good correspondence 

between numerical and experimental results on 

simple geometry, it is possible to conduct the 
dynamic analysis on the impact attenuator which 

presents a more complex geometry. 

The explicit code was able to predict experimental 
results regarding both crash behaviour and absorbing 

mechanism of the CFRP impact attenuator structure. 

Force versus displacement diagrams confirm that 

experimental and numerical results are almost the 
same. Thus confirms the quality of the used 

methodology and approach for the design of racing 

car impact attenuator. 
 

2 Definition of energy absorbing structures 

The composite material used in this study is carbon 
fibre in epoxy resin [10]. The orientation and weave 

patterns of fibres in a composite component are of 

great importance to the laminate properties. For the 

analysed structures a plain weave prepreg, as 
standard practice in racing applications, was chosen. 

Composite laminates were formed by hand lay up of 

the pre-impregnated layers and autoclave curing at 
135°C and 7 bar applied pressure. Mechanical 

testing for material characterization was carried out 

on an electromechanical Zwick Z100 machine at 
Politecnico di Torino laboratory. Tensile, 

interlaminar and relevant fracture mechanic 

characteristics were evaluated using industry 

standard techniques. In particular for interlaminar 
fracture mechanic characteristics the Double 

Cantilever Bending (DCB) and the Four Point End 

Notched Flexure (4ENF) procedures have been 

utilised. 

The mechanical properties for the considered 
material are reported in Table 1. 

 
Density 1.45 * 10-3 g/mm3 

Longitudinal Young modulus  53.6 GPa 

Transverse Young modulus   55.2  GPa 

Poisson’s ratio 0.042 

Shear modulus 12 2.85 GPa 

Shear modulus 23 1.425 GPa 

Shear modulus 31 2.85 GPa 

Longitudinal tensile strength 0.618 GPa 

Transverse tensile strength 0.652 GPa 

Longitudinal compressive strength 0.642 GPa 

Transverse compressive strength 0.556 GPa 

Compressive strength in direction 12 0.084 GPa 

In plane shear strength  0.084 GPa 

Energy release rate for mode I 0.5 N/mm 

Energy release rate for mode II 0.7 N/mm 

Table 1. Material properties of the composite layer 

After the characterization of the material and before 
the production of a frontal impact attenuator for a 

Formula SAE car, it is necessary to reproduce as 

close as possible the brittle deformation of simple 
cylindrical tubes, 200 mm long with different wall 

thickness and radius values, made of the same 

material. For this target, dynamic numerical analyses 

using the non-linear LS-DYNA code were 
conducted, using both shell and solid elements 

configurations. This latter is intended to capture also 

delamination and fronding. The quality of the 
numerical simulation results was checked through 

their comparison with specific experimental test 

results, paying particular attention to the capability 

to reproduce the physical phenomenon. 
Only after having properly set the material model 

properties, a more complex geometry can be 

modelled. The frontal impact attenuator geometry, 
resulting from having to fit within the existing 

envelope dictated by aerodynamic and mechanical 

constraints and fulfil the technical regulation [15], is 
essentially a truncated pyramid, having the minor 

base nearly parallel to the major one (Figure 2). 

 

ICCM19 5837



 

3  

NUMERICAL AND EXPERIMENTAL DYNAMIC ANALYSIS FOR A 

CFRP  FORMULA SAE IMPACT ATTENUATOR 

 

 

Fig. 2. Geometrical configuration of the impact attenuator 

The bases have almost rectangular sections with 

rounded edges to avoid stress concentrations during 

crushing. The design of the impact attenuator was 
completed with a trigger which consists in a 

progressive reduction of the wall thickness, in order 

to reduce the resisting section locally. This trigger 
has a double target: reduce the force peak value and 

initialize structure collapse in a stable way. In 

particular, three different wall thickness zones were 
implemented, as shown in Figure 2. The first zone 

has a laminate thickness of 1.68mm, the second one 

of 2.16mm and the third one of 2.4mm. 

Manufacturing process of impact attenuator initiated 
with proper definition of mould, obtained from 

epoxy resin block. In order to get accurate 

dimensions and good surface finish, mould was 
produced with environmentally conditioned CNC 

milling machine. To be more economical and 

reliable in preparation of attenuator, special attention 

was given to selection of appropriate mould material 
that can be reused. Dimensional stability at high 

temperature and chemical compatibility with 

attenuator material were some of the main factors to 
choose epoxy resin block as a mould. To achieve 

high grade surface finish, the mould were cleaned 

with Chem Cleaner after machining process in order 

to remove all traces of solvent-soluble contaminants 

such as waxes, silicones, oils, etc. Then after, 

Chemlease ® MPP 712 EZ which acts as a sealant, 
was used to coat the surface of moulds and cured for 

about 3 hours at room temperature. After the mould 

was cured, Chemlease® mould release was applied 
to remove the finished products from the mould 

without problem. To avoid voids and entrapped air 

inside wet prepreg, the mould with laminated 

attenuator was covered with vacuum plastic bag and 
subjected to vacuum pressure of 0.98 bar. Then the 

impact attenuators were transferred to autoclave to 

apply appropriate controlled pressure and 
temperature with desired curing cycle. Finally, they 

were taken out from the autoclave and exposed to 

room temperature for some times until moulds’ 
temperature gets down to the surrounding 

temperature. With appropriate tools, the final 

products were extracted from mould and ready for 

test. In Figures 3(a) and 3(b) the empty epoxy resin 
mould and the mould with impact attenuator lay-up 

prepared for autoclave processing are shown. 

 

 

Fig. 3. Epoxy resin mould  (a) and mould with impact 

attenuator lay-up (b)  

The attention is put on lamination process of the 

impact attenuator. In particular, two manufacturing 

cases were considered: lamination without planned 
overlapped prepreg zones and the improved 

manufacturing process with intention to avoid 

overlap at corner edges in order to increase the 
structural stiffness. The second one is shown in 

Figure 4. 
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Fig. 4. Lamination process of impact attenuator 

 

3 Numerical modelling 

Before manufacturing and testing the cylindrical 

specimens and the impact attenuator, FE analyses 
were performed using the commercial solver LS-

DYNA. 

The tubes were modelled with two different modes: 

with shell elements and with solid ones (Figure 5). 
 

 

Fig. 5. Tube modeled with a) shell and b) solid elements 

In the first case only the middle surface of the tube 
was modelled using a multi-layered shell property 

with *PART_COMPOSITE. According to this card, 

the laminate has a thickness defined as the sum of 
each individual layer. Laminate theory was also 

activated with LAMSHT parameter in 

*CONTROL_SHELL card, to correct for the 

assumption of a uniform constant shear strain 
through the thickness of the shell. For the second 

case, instead, the tube was completely modelled, 

separating the external laminate from the internal 
one through a cohesive material layer. Experimental 

observations show that the amount of fibres bending 

inside the cylindrical tube radius is equal to the 

outside ones [16]. For this reason the cohesive zone 
was modelled in the middle of the tube thickness. 

Particular attention was given to the material 

definition of composites. MAT_54 was used, that 
implement the Chang-Chang criteria, thanks to its 

ability to give a numerical behaviour comparable to 

experimental one [9]. A moving rigid wall planar 

with a finite mass of 294 kg and an initial velocity of 
about 4 m/s represents the impacting mass. 

Moreover a self-contact was defined on the tube 

surfaces, in order to avoid element penetration 
during crushing. As regard the boundary conditions, 

the nodes at the bottom are constrained in all degrees 

of freedom in order to represent the real fixture. 

Table 2 reports the main numerical results for the 
two considered configurations, for what concerns the 

final crushing stroke and the average deceleration, 

while Figure 6 shows the difference in deformation 
between a shell and a solid modelling. 

 
 Shell elements Solid elements 

Diameter

- 

thickness 

(mm) 

Crushing 

stroke 

(mm) 

Average 

decelerati

on (g) 

Crushing 

stroke 

(mm) 

Average 

decelerati

on (g) 

80 - 2.5 36 15 37 16 

80 - 2 48 13 42 15 

80 - 1.5 86 7 83 8 

50 - 2.5 52 14 53 13 

50 - 2 83 8 85 7 

50 - 1.5 130 5 125 6 

Table 2. Numerical results using shell and solid elements 

 

 

Fig. 6. Difference in deformation for a) shell and b) solid 

elements 

For the impact attenuator the same procedure that 

was used for cylindrical tubes has been followed. 
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The ‘‘rigid wall planar moving forces’’ card has 

been implemented with a mass of 300 kg. This is 

modelling the obstacle that is impacting the 
attenuator with an initial velocity of 7 m/s. The 

support of the attenuator is modelled as ‘‘rigid wall 

planar’’, with prescribed friction coefficient equal to 
0.4. 

Material type MAT_54 was used with Chang-Chang 

failure criteria. To avoid ductile behaviour with 

folding, it is important to change the element 
strength at some point of the collapse evolution. This 

is obtained thanks to a time-step failure parameter 

(TFAIL), which defines a limit to the element 
effective strain. This allows to reproduce the brittle 

behaviour of the material and, at the same time, to 

control the time-step value and therefore to reduce 
the analysis CPU time. After sensitivity analyses a 

TFAIL parameter equal to 0.8 was chosen for most 

of the herein performed calculations. 

 

4 Experimental dynamic tests 

All the dynamic experimental tests reported in this 

paper were performed at the Picchio S.p.A. plant in 
Ancarano (Italy) using a drop weight test machine 

with a 6 m free-fall height and a maximum mass of 

413 kg.  

For the experimental tests on cylindrical tubes was 
used an impact mass of 294 kg and an initial 

velocity of about 4 m/s. During the tests every tubes 

was supported at the bottom edge on a metallic base 
with air holes. The acceleration of the mass and the 

velocity at impact were measured using an 

accelerometer with 500g  full-scale and a photocell, 
respectively. The most important parameters for 

crash resistance characterisation were computed and 

reported in detail in reference [10]. The tested CFRP 

tubes have absorbed impact energy by a progressive 
crushing process with two different deformation 

modes: splaying with axial splitting and 

fragmentation with debris. In all configurations, the 
residual part of the tubes results perfectly integer. 

The frontal impact attenuator, also, was tested in 

dynamic compression using the same test 
instrumentation, but with different impact energy: 

300 kg for the mass and 7 m/s for the initial velocity. 

 

 

 

Fig. 7. Typical examples of progressive crush failure:    

(a) splaying with axial splitting; (b) fragmentation with 

debris 

Performing the dynamic impact test, it is noticed that 
the manufacturing process of the composite impact 

attenuator has a significant influence on structural 

crashworthiness. In particular, the impacted 
sacrificial structure has a brittle failure up to some 

point, after which the detachment of the fabric 

laminates exactly along the bonding line of two parts 
of impact attenuator is predominant. This causes the 

decrement of the attenuator’s strength and stability 

and the failure of the structure, which was not able 

to show the expected resistance and crash impact 
behaviour.  

In Figure 8(a) the nose cone fragments after the 

dynamic impact are shown. It is well visible that 
almost half of the attenuator material remained 

undamaged, i.e. the energy absorption results to be 

lower than what would be possible on the basis of 
the material amount and specific structure design. In 

Figure 8(b) it is possible to see the non-tested nose 

cone and the pieces of crashed attenuator positioned 

on it. This allows us to see the laminate breakage 
along the bonding line. 
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Fig. 8. Dynamic crash test: attenuator fragments after the 

crash (a) and laminate detachment zone (b) 

In order to improve crush properties of the impact 

attenuator, a different manufacturing process, that 
take into consideration the positioning of the  

overlapping laminates respect to corner edges, was 

implemented, as described in section 2. In Figure 9 

the fragments of an impact attenuator manufactured 
according to this second procedure are shown after 

the impact test.  It is possible to see that previously 

resulting failure along connection of laminates is no 
more present and the overall structural behaviour is 

improved.  

 

 
 
Fig. 9. Crashed impact attenuator after the improvement 

of manufacturing process 

 

Fig. 10. Comparison of deceleration vs. time for two 

attenuators with the same geometry 

Three impact attenuators were tested and results are 

reported in Figure 10 in terms of deceleration 

curves. Test 1 refers to the first manufactured 
attenuator batch without improvement of the 

lamination process. Test 2 and Test 3 refer to the 

second attenuator batch with the same geometry but 
with improvement of lamination process. As it can 

be noted, the change in the lamination process 

contributes significantly to the ability of the 

composite attenuator to absorb impact energy. 
 

5 Comparison between numerical and 

experimental results 
Table 3 summarizes the difference in percentage 

between the numerical and experimental results for 

the cylindrical tubes both for shell and solid model. 
Despite the numerical simplification, both the 

modelling techniques are able to reproduce quite 

closely the main crash parameters, in particular the 

total crushing stroke and the average deceleration. 
As mentioned before, the use of solids with 

interposition of one cohesive element layer allows 

also to view the delamination process with fronding, 
as it occurs in the experimental reality. The 

differences between numerical data and 

experimental ones are mainly due to the difficulty in 

simulating the initialization of the fragmentation 
phase and in taking into account the manufacturing 

defects of the tubes. 

 
 Crush stroke error  

in %  

Mean deceleration 

error in %  

Specimen Shell  Solid Shell Solid 

1 2.8 5.7 7.3 1.1 

2 9.1 4.5 10.4 3.4 

3 1.2 2.4 7.3 5.9 

4 3.7 1.8 11.2 3.2 

5 3.8 6.2 5.4 17.2 

6 2.4 1.6 2.7 16.7 

Table 3. Error in percentage between numerical and 

experimental data 

In Figure 11 it is possible to see the comparison of 

deceleration vs. time curves of experimental test 

done on the Test 3 impact attenuator and numerical 
results obtained by LS-DYNA simulation. Beside 

the first peak (which is mostly due to numerical 

problems [17]) it can be noticed the similar trend of 
two curves. Average values of the deceleration are 

very close to 20 g, which is the main limitation 
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imposed by Formula SAE rules [15]. Further, as 

already pointed out in previously published works 

[10,14], the deceleration diagram is rather flat, 
approaching a ideal energy absorber behaviour. 

 

 

Fig. 11. Comparison of experimental and numerical 

deceleration vs. time curves 

In Figure 12 the comparison of force versus 

displacement curves is presented, obtained by 
experimental dynamic tests and crash dynamic 

numerical simulations carried out by LS-DYNA 

code. As mentioned before, the first critical peak is 
mostly a numerical problem as it does not appear in 

the experimental results. The trend of curves is 

almost the same.  A nearly flat diagram of the 

impact force is obtained.  

  

Fig. 12. Comparison of experimental and numerical force 

vs. displacement curves 

In Figure 13(a) it is possible to see the flexural 

behaviour in the wall of the composite impact 
attenuator, subjected to dynamic loading conditions. 

In particular, this behaviour is well visible after the 

displacement of 100 mm, which corresponds to the 
half of the attenuator length. Results obtained by 

numerical simulations performed with the use of LS-

DYNA explicit code, are shown in Figure 13(b). It is 

possible to notice that the flexion of the wall after 
the displacement of 100 mm during dynamic is 

confirmed also by simulations.   

 
Fig. 13. Flexion of the attenuator wall subjected to 

dynamic compression test - comparison of experimental 

(a) and numerical (b) results 

 

6 Conclusions 

Development of a thin-walled CFRP impact 
attenuator for a Formula SAE racing car has been 

discussed in detail from a numerical and 

experimental point of view.  
In order to set the appropriate values of the 

numerical LS-DYNA models, composite material 

characterisation tests and cylindrical tube crushing 
experiments were performed. The dynamic crash-

tests were performed using a drop test machine, 

measuring the deceleration-time diagram and after 

integration processes load-shortening trend and 
energy absorbed by the structure. Despite the 

complexity of the fracture phenomenon, a good 

agreement between results has been achieved for 
simple tubular structures, using both shell and solid 

elements configuration.  

Solid element model with interposition of one 

cohesive element layer confirms to be able to 
describe the fronding phenomenon, provided that 

proper cohesive data are supplied.  

After the validation of the methodology for simple 
structures, analysis has moved to model a more 

complex geometry as the frontal impact attenuator fo 

Formula SAE racing car. Performed experimental 
tests confirmed stable behaviour of the sacrificial 

structure with rather flat, almost constant force 

versus displacement curves and acceleration limit 

close to 20g. This value fits well with the 
requirements of SAE 2008 rules, as they require that 

the adopted solution leads to an average deceleration 

lower than 0.2 m/ms
2
 (20g).  

Furthermore, the explicit FE solver LS-DYNA has 

been able to predict experimental results regarding 

both resisting force and progressive collapse 
mechanism of the impact attenuator. Beside the 
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appropriate choose of trigger mechanism, the failure 

criteria was the most important parameter of the 

modeling of composite structure in order to predict 
brittle collapse of the nose cone. Force versus 

displacement diagram confirms that experimental 

and numerical results are almost the same. 
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1  Introduction  

Thermoplastic polymers have many advantages for 

their use in composites. They allow short cycle 

times, offer a high toughness, have an unlimited 

shelf-life, and a good chemical resistance. Moreover, 

they are weldable [1]. Since they are combined with 

other materials in many applications, for example in 

the automotive or aerospace industry, joining 

technologies play an important role. Compared to 

other joining methods such as adhesive bonding or 

mechanical fastening, welding has some significant 

advantages. In contrast to adhesive bonding, welding 

does not require any solvents and in addition, the 

necessary surface treatment is less intensive. When 

rivets or screws are used, the reinforcing fibers are 

destroyed. By welding, only the polymer is melted 

and the integrity of the reinforcement is not 

influenced [2]. 

To further improve composite welding, a new 

concept for induction welding of carbon fiber 

reinforced thermoplastics was developed. It allows 

intrinsic heating of joining partners that contain 

carbon fibers. By cooling the partner that faces the 

induction coil, melting of the whole part is 

prevented. 

 

2  Continuous induction welding of carbon fiber 

reinforced laminates 

Every composite welding process is based on the 

melting of the polymer and the subsequent 

consolidation and bonding in a welding zone. In 

order to melt the polymer, continuous induction 

welding uses an electromagnetic field generated by a 

water-cooled coil that is connected to an oscillating 

circuit fed by a power supply unit. 

The electromagnetic field, shown in Fig. 1, induces 

eddy currents into an electrically conductive 

workpiece [3]. This is then heated by these eddy 

currents until the polymer is melted. Afterwards, the 

two partners can be joined. In order to ensure a good 

quality of the weld, pressure is applied by a 

compaction roller after heating [4]. 

Since many reinforced polymers are assumed to be 

nonconductive, a susceptor, e.g. a metal mesh, is 

used to locally heat the welding zone. In this 

susceptor, Joule heating occurs due to its resistance 

[5]. In case that the susceptor consists of 

ferromagnetic particles, the electromagnetic field 

causes a vibration of its magnetic particles. This 

vibration results in the heating of the susceptor by 

magnetic hysteresis[6]. 

Although a susceptor allows easy heating of the 

welding zone, its use is not always favorable. It still 

presents a contaminant that weakens the joint by 

inducing high stress concentrations [6]. Moreover, 

the contact between a metal mesh and carbon fibers 

can cause corrosion that destroys the joint integrity 

[6].  

To overcome these problems, the intrinsic heating of 

the workpiece itself was investigated. Since carbon 

fibers are electrically conductive, they can heat the 

laminate without a susceptor, as it is shown in Fig. 1. 

The only condition is, that the fibers form closed 

electrical circuits as they do in a weave [4]. Three 

different heating principles can be identified. Joule 

heating in the fibers and contact resistance heating at 

fiber junctions are both based on resistive losses [5, 

7]. Dielectric hysteresis losses heat the polymer 

between two fibers at their junction [5, 8]. The first 

heating effect is dominant in weaves because of their 

good fiber contact [5, 9], while the second effect is 

important for unconsolidated materials [10]. 

2.1  Challenges and Objectives 

Susceptor-less heating presents a challenge that 

requires a thorough investigation. Due to two 
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physical effects, the temperature gradient of a 

carbon fiber reinforced laminate during inductive 

heating is not favorable for the welding process.  

The first phenomenon is the so called skin effect. It 

describes the distribution of an alternating current in 

a conductor. The maximum of the current density is 

always on the surface and decreases towards the 

center of the conductor [3]. The skin effect is 

characterized by its penetration depth, which is the 

distance from the surface at which the current 

density drops to1/e of its initial value [3], 

   √
 

       
  (1) 

with 

 : frequency of the electromagnetic field,  

  : magnetic constant,  

  : magnetic permeability of the conductor 

 : electrical conductivity. 

 

The second effect is that the intensity of an 

electromagnetic field is inversely proportional to its 

distance to the coil. The field at a certain point 

outside the coil is expressed by the Biot–Savart law 

[11], 

  ⃗⃗  
 

  
∮
  ⃗   ⃗ 

  
  (2) 

with 

 ⃗⃗ : magnetic field intensity 

 : current 

   . curve element of the conductor in direction of   
 : displacement vector from the conductor 

element to the point. 

This drop in field intensity with increasing distance 

leads to a temperature gradient in the welding zone, 

which is displayed in Fig. 2.  

The top of the laminate (coil side) is heated clearly 

faster by a stronger electromagnetic field. In order to 

melt the polymer in the welding zone, the laminate 

must be heated and melted through its whole 

thickness. That causes deconsolidation in the upper 

laminate. Moreover, thermal damage can occur on 

the top surface due to overheating. To avoid that, the 

field intensity has to be diminished by a reduction of 

the generator power. That leads to an even weaker 

field in the welding zone and, subsequently, to a 

reduced process speed. 

Hence, the main objective of this work was the 

control of the temperature field in thickness 

direction. To investigate this, heating experiments 

have been performed and a three-dimensional 

process model was developed, so that the influence 

of significant process parameters could be assessed. 

To evaluate the quality of the welds, micrographs 

and tensile-shear-tests were made. 

2.2  Implementation of a localized cooling 

One possible measure to reverse the unfavorable 

temperature gradient caused by susceptorless heating 

is to reduce the temperature on the top surface. Since 

there is no possibility to reduce the field intensity 

locally near the coil, the surface must be cooled 

actively [12]. Common cooling agents are air, water, 

and oil. To avoid unwanted reactions between the 

cooling agent and the material, air was chosen. It is 

supplied by a nozzle for compressed air, which was 

installed in the center of the coil. It is shown by Fig. 

3. This nozzle directs an impinging air jet to the 

laminate which cools the surface subsequently. 

 

For welding purposes, this cooling was attached to a 

welding head, which was mounted to an industrial 

robot. In Fig. 4 the components of this welding head 

are displayed. 

Again, the nozzle is in the center of the coil. In 

addition, there is a roller that reconsolidates the 

laminate after the melting of the polymer in the 

welding zone. A thermal camera allows a 

temperature based process control. 

 

3  Simulation and experiments 

In order to compare the heating behavior of 

uncooled and cooled specimens, heating 

experiments were performed. The examined 

specimens consisted of a carbon fiber weave with a 

PEEK or a PPS matrix. The material properties of 

the single components are listed in Table 1. 

These components were processed to laminates, 

which were then cut into specimens. Table 2 

contains the properties of the laminates. 

In addition to the experiments, the heating behavior 

was modeled. As software code, Comsol 

Multiphysics was used.  

Since the purpose of influencing the heat distribution 

in the welding zone is to improve the weld quality, 

mechanical characterization had to be done. 

Therefore, lap shear tests based on DIN EN 1465 

[13] were performed with CF-PPS laminates. 
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3.1  Heating experiments 

For the heating experiments, square specimens with 

an edge length of 100 mm were used. They were 

positioned above a coil with a cooling nozzle in its 

center. To be able to monitor the temperature on 

both sides of the joining partner near the coil, no 

second plate was added. The temperature on both 

sides of the specimen was recorded by two 

pyrometers. Moreover, the surface on the opposite 

side of the coil was monitored by a thermal camera. 

The experimental setup is illustrated in Fig. 5. 

For these experiments a CEIA Powercube 32/400 

was used as generator. It offers a maximum 

absorbed power of 2800 W and a nominal frequency 

of 400 kHz. Both materials, CF-PPS and CF-PEEK, 

were examined. Since they showed the same heating 

behavior, the results can be applied qualitatively on 

both materials. 

As a first step, the specimens were heated without 

surface cooling at different generator powers. Fig. 6 

shows exemplarily the progression for CF-PPS 

heated at 10 %, 20 %, and 30 % generator power and 

2 mm coupling distance.  

It can be observed that the coil side always reaches 

higher heating rates, which are represented by the 

gradient of the heating curve, than the opposite side. 

For CF-PPS heated at 2mm coupling distance, the 

rates range from 15 K/s (10 % generator power) to 

48 K/s (30 % generator power) on the opposite side 

and from 17 % (10 % generator power) to 59 % 

(30 % generator power) on the coil side.  

Since the heating rates are higher on the coil side, 

the temperatures reached on this side are also higher 

and a temperature gradient between both sides can 

be observed. With increasing heating rate, the 

difference in heating rates between both sides is 

growing, too. That leads to an increasing 

temperature gradient.  

These findings are applicable to all specimens. 

 

To investigate the influence of the impinging air jet, 

the heating curves of CF-PPS with 30 % generator 

power and 2 mm coupling distance are displayed in 

Fig. 7. Three different volume flow rates were used: 

304 l/min, 240 l/min, and 167 l/min. 

The temperature at the coil side remained below the 

temperature on the opposite side and below welding 

temperature, which is about 50 °C above the melting 

temperature, approximatly 330 °C in case of CF-

PPS. For all three volume flow rates, the heating rate 

on the opposite side remains approximately the 

same. On the coil side, however, the impinging air 

jet influences the heating rate more significantly. 

With a volume flow of 167 l/min, the heating rate is 

higher than with 240 l/min and 304 l/min. But there 

is no significant distance between the latter two.  

The general finding of the heating experiments is 

summarized in Fig. 8. There, the heating of the coil 

side of CF-PEEK with 3 mm coupling distance, 20 

% power, and a volume flow of 304 l/min is 

displayed.  

It can be observed, that the temperature of the 

cooled coil side can be decreased below welding 

temperature and thereby the laminate is prevented 

from deconsolidating and thermal damages on the 

coil side. 

This can also be confirmed by a cross-sectional 

analysis. In uncooled samples, such as shown in Fig. 

9, many voids and delamination are visible through 

the whole thickness of the laminate. In cooled 

samples, in contrast, the influence of the cooling 

becomes obvious. The first few layers, which are 

directly affected by the impinging air jet, are still 

consolidated. A cooled sample is presented in Fig. 

10. 

3.2  Simulation of the heating behavior 

For further research, a computational model of these 

heating experiments was developed. Induction 

heating is a process with a high degree of 

complexity. Therefore, simulation is a powerful tool 

that helps to understand and predict material 

behavior.  

The software, that was deployed, is, Comsol Multi 

Multiphysics 4.1. The simulation of the experiment 

incorporates a harmonic electromagnetic analysis 

and a transient thermal analysis, which are fully 

coupled. Its methodology follows the flow chart 

displayed in Fig. 11.  

After building the model (see Fig. 12), which 

includes the geometry, material properties, all 

boundaries, and the mesh, the eddy current 

distribution is calculated in a harmonic 

electromagnetic analysis. The equation, which is 

underlying this step, is a time-harmonic Maxwell- 

Ampère formulation [14], 

 

 (       )    (      )     (3) 

with  
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 :  induced current density 

 :  angular frequency 

 : magnetic vector potential 

 : magnetic permeability 

  : external current density. 

 

This quasi-static approach can be used, because the 

wavelength of the 400 kHz generator is 750 m and 

thus clearly larger than the thickness of the used 

laminats. 

Subsequently, a transient temperature field is 

determined for a static case. It is described by  

   
  

  
       (4) 

with  

 : density 

  : specific heat capacity at constant pressure 

 : absolute temperature 

 : time 

 : thermal conductivity 

 : heat source. 

 

The simulation is done in several time steps from ti 

to tht. The latter stands for the heating time.  

As heating mechanism, Joule heating is applied, 

because the surface cooling prevents 

deconsolidation. Moreover, the contact resistance 

between warp and weft is low enough, so that Joule 

heating may be assumed [5]. Two additional 

assumptions are (1) a homogenized anisotropic 

material model and (2) free convection at the outer 

faces.  

 

For the calculation of the heat generation caused by 

a magnetic field, different material properties are 

necessary. Values that could not be found in 

literature or calculated from given values were 

determined by experimental characterization. The 

employed material properties are summarized in 

Table 3. 

In order to validate the simulation, experimental 

temperature curves were compared to curves derived 

from the simulation. In Fig. 13, a good compliance 

can be observed. 

Moreover, the model offers the possibility to 

simulate heating patterns. Fig. 14 shows, that these 

patterns correlate very well. The cold spot in the 

center of the coil, the hot region caused by the global 

current loop, and the colder surrounding area can be 

predicted precisely. Only the shape of the heating 

pattern is slightly different. The square-like shape, 

derived from the experiments, is caused by current 

flowing along warp and weft rovings which are 

arranged in 0° and 90°. This behavior cannot be 

calculated with a homogenized material model. 

3.3  Tensile-shear-tests 

Based on the knowledge that was generated by the 

heating experiments and the simulation, the cooling 

concept was used for welding samples. They consist 

of CF-PPS and have a thickness of 1.3 mm with an 

overlap of 13 mm and a width of 25 mm. Each series 

consisting of eight samples was cut out of two 

welded plates.  

Fig. 15 and Fig. 16 show the welded samples. On the 

surface of the uncooled laminate (Fig. 15) a massive 

heat distortion is visible due to the overheating of 

the material near the coil. The cooled laminate (Fig. 

16), on the other hand, is not damaged by 

overheating thanks to the impinging air jet. 

 

All samples were tested according to DIN EN 1465 

[13]. The uncooled samples reached average lap-

shear strength of 27.08±1.51 MPa (see Fig. 17). The 

lap-shear strength of the cooled samples is slightly 

lower, 25.67±3.85 MPa, and has a higher deviation. 

But one can realize, that the lower values in Fig. 17 

result from an edge effect at the beginning of the 

specimen. The lap-shear strength of the last five 

samples is 28.32±1.13 MPa. These higher values at 

the end show the potential of the surface cooling. A 

good surface quality can be achieved while keeping 

the same strength. Moreover, the welding speed 

could be doubled by using the impinging air jet. 

 

4  Summary and outlook 

Within this work, unfavorable temperature gradient 

during susceptorless induction welding of carbon 

fiber reinforced thermoplastics was addressed. The 

resulting problems could be solved by the 

development of a surface cooling (patent pending). 

To that, an impinging air jet was used. The 

efficiency of this method was proofed by heating 

experiments. In addition, a process simulation was 

built to gather a deeper understanding of the process. 

By lap-shear tests, the potential of the surface 

cooling – a better surface and a higher process speed 

with the same mechanical properties as uncooled 

samples- was shown. 
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SUSCEPTORLESS CONTINUOUS INDUCTION WELDING OF 

CARBON FIBER REINFORCED THERMOPLASTICS 

In the future, further optimization is necessary to 

improve the reproducibility of the new welding 

process. Moreover, the new process will be extended 

to a wide range of materials and welding 

applications. 

 

Fig. 1: Physics of induction welding of carbon fiber 

reinforced thermoplastics 

 

 

Fig. 2: Temperature gradient in the upper laminate 

 

 

Fig. 3: Implementation of a surface cooling 

 

 

Fig. 4: Welding head with surface cooling 

 

 
Fig. 5: Setup of the heating experiments 
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Fig. 6: Heating behavior of CF-PPS without cooling at 

2mm coupling distance and different generator powers 

 

 

Fig. 7: Heating behavior of CF/PPS with cooled 

surface at different flow rates, 2 mm coupling 

distance, 30% generator power 

 

 

Fig. 8: Comparisons of the temperatures with 

uncooled and cooled top surface 

 

Fig. 9: Cross section of a CF-PEEK sample heated 

with 3 mm coupling distance and 20 % generator 

power 

 

 

Fig. 10: Cross section of a CF-PEEK sample heated 

with 3 mm coupling distance , 20 % generator power, 

and 304 l/min surface cooling 

 

 

Fig. 11: Flow chart of the induction heating simulation 

 

 

Fig. 12: Components of the simulation model 
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SUSCEPTORLESS CONTINUOUS INDUCTION WELDING OF 

CARBON FIBER REINFORCED THERMOPLASTICS 

 

Fig. 13: Comparison of simulative and experimental 

heating curves 

 

 

Fig. 14: Verification of predicted heating patterns 

 

 

Fig. 15: Samples welded without surface cooling 

 

Fig. 16: Samples welded with surface cooling 

 

 

Fig. 17: Lap-shear strength of the uncooled samples 

 

 

Fig. 18: Lap-shear strength of the cooled samples 
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Table 1: Components used for the specimen 

manufacturing 

CF-Fabric 

Designation CD 0282.040.000.0000 

Type Satin 5H, 3k, 285 g/m
2
 

Supplier Ten Cate Advances Composites 

B. V., The Netherlands 

PEEK 

Designation Victrex 150PF 

Type Granule 

Supplier Victrex Europa GmbH, Germany 

PPS 

Designation Fortron 

Type Film 

Supplier Ticona GmbH, Germany 

 

Table 2: Manufacturing processes of the laminates 

Material  CF/PEEK CF/PPS 

Manufacturing 

process 

Continuous 

compression 

molding 

Autoclave 

Fiber volume 

content [%] 
50 50 

Consolidation 

pressure [bar] 
25 20 

Manufacturer Institut für Verbundwerk-

stoffe GmbH, Germany 

 

Table 3: Material properties used in the simulation 

[15–21] 

Property CF/PPS CF/PEEK 

Fiber volume content 

in x- direction [%] 
25 25 

Fiber volume content 

in y- direction [%] 
25 25 

Calculated electrical 

conductivity in x-

direction [S/m] 

13.89∙10
3
 13.89∙10

3
 

Calculated electrical 

conductivity in y-

direction [S/m] 

13.89∙10
3
 13.89∙10

3
 

Relative permeability 1 1 

[H/m] 

Relative permittivity 

[F/m] 
3.7 3.7 

Calculated thermal 

conductivity in x-

direction [W/(m·K)] 

2.50 2.50 

Calculated thermal 

conductivity in y-

direction [W/(m·K)] 

2.50 2.50 

Calculated thermal 

conductivity in z-

direction W/(m·K) 

0.32 0.32 

Density [kg/m
3
] 1570 1545 
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Abstract
The fibre/matrix interfacial debonding is found
to be the first microscale failure mechanism lead-
ing to subsequent macroscale transverse cracks in
composite materials under tensile load. In this
paper, the micromechanical interface failure in
fiber-reinforced composites is studied experimen-
tally and by numerical modeling by means of the
finite element analysis. Two fibers embedded in
the matrix are subjected to a remote transverse
tensile load (see Fig. 1a). The trapezoidal co-
hesive zone model proposed by Tvergaard and
Hutchinson [14] is used to model the fracture of
the fiber-matrix interfaces. This study is based
on the comparison between the results of numer-
ical modeling and those corresponding to the ex-
perimental tests by employing two parameters:
The angle from the load direction to the crack tip
and the crack normal opening. This comparison
aims to investigate the interfacial properties and
also assess the progressive fiber-matrix debond-
ing by focusing on the interaction of two fibers
with dissimilar interfacial strengths.

1 Introduction
Depending on the material properties and load-
ing conditions, interface debonding, matrix fail-
ure and/or fiber breakage are the main failure
mechanisms in composites. In many cases, inter-
facial debonding is the first mechanisms which
leads to crack initiation and propagation. There-
fore, it is important to investigate the interface
parameters accurately. The interface fracture en-
ergy, φ, and the maximum cohesive stress, σmax,
are the most critical parameters playing signifi-
cant roles in failure of interfaces. The experimen-
tal part of the present research aims at determin-
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Figure 1: a) Schematic drawing of specimen with a dog-
bone shaped epoxy resin including two glass fibers in the
middel of specimen. b) Example of debonding obseved in
SEM under tensile test.

ing the interface parameters. Furthermore, the
effects of fiber dimension and fiber spacing on
the damage evolution in glass-epoxy composites
are studied by means of the numerical simula-
tion. Therefore, as the first step it is necessary to
find out a proper experimental test method in or-
der to measure the interface fracture energy and
the maximum cohesive stress. The lack of a stan-
dard two-dimensional test and its correspond-
ing device is the first problem in selecting the
method of experimental test. Different methods
have been used to characterize the fiber/matrix
interface parameters such as the fragmentation
test, the pull-out test, the push-in test and the
push-out test. Each of these methods has some
advantages and disadvantages which should be
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considered for a specific purpose under investi-
gation. The fragmentation test was proposed by
Kelly and Tyson[5] to study the interface prop-
erties in metal matrix composites. This method
was appropriate for composites with ductile ma-
trices and brittle fibers. While, the pull-out test
is usually performed for the tough fibers sur-
rounded by brittle matrix. Although the frag-
mentation test as well as the pull-out test lead to
durable results but their testing conditions can
be difficult to fulfill. In the push-in technique a
single fiber is pushed by means of a nanoinden-
tor on a cross-section of a bulk specimen of the
laminate until interface decohesion occurs. On
the other hand, the push-in test does not require
any laborious sample preparation. However, the
interpretation of this method is somehow difficult
because the length of the debonded interface be-
low the surface is not known. Thus, the results
should be analyzed in terms of a shear lag model
or FE simulations of the test [8]. The push-out
test is very similar to the push-in test but is
carried out on a very thin specimen. Although
the push-out test requires more difficult speci-
men preparation, but leads to a more direct mea-
surement of the interface strength [2]. However,
both the push-in as well as push-out methods in-
volve frictional sliding while the friction law or
shear stress is unknown. Thus it is difficult to
separate debonding and frictional sliding which
happen simultaneously. Furthermore, all above
interface measuring techniques try to investigate
the tangential properties of the interface. While
for the cases subjected to a tensile load normal
to the fiber orientation, like the preset study, the
dominant debonding is due to normal opening
of the interfaces. Thus, in this research another
method has been used which approaches to a
more direct measurement of the normal proper-
ties of fiber/matrix interfaces in uni-directional
composites. In this method, a specimen including
a single or double fibers embedded in the matrix
is subjected to tensile load inside the chamber of
the Scanning Electron Microscope (SEM). The
cross-section normal to the fiber orientation will
be monitored while the load is being applied. By
this technique, more precise data with respect to
the normal properties of interface such as the co-

hesive maximum normal stress and cohesive frac-
ture energy can be determined.

This paper comprises five sections. After the in-
troduction the proposed experimental method is
presented in detail in the next section. Then,
the numerical methods used in the simulation is
given in section 3. In the fourth section, the re-
sults are shown and discussed. Finally, this study
is concluded in section 5.

2 Experimental Study
The fiber/matrix interface properties of fiber-
reinforced composites are determined according
to the transverse tensile test inside the SEM. The
glass-fibers used in this experimental study are
provided by Ahlstorm. The diameters of fibers
are ∼ 45-55 µm. The fibers with large diameter
are chosen to measure the interface debonding
since this is easier by the SEM. The experimen-
tal samples are manufactured by positioning two
glass-fibers in a rubber mold. Then, the mold is
filled up with a fast-curing epoxy resin named
RIMR 135 (from Momentive company) which
surrounds the fibers. The fibers Young’s modulus
and Poisson’s ratio are Ef = 72GPa and νf =
0.21, respectively and for the matrix the prop-
erties are Em = 3GPa and νm = 0.3. The yield
stress of the matrix material is σy = 16MPa. To
find the yield stress of the matrix, a parameter
study is carried out to fit the numerical debond-
ing angle-remote stress curve as well as the nu-
merical crack normal opening-remote stress cuve
with those corresponding to the experimental
data. Thermal compressive residual stresses in
the fiber along the longitudinal axis as well as
in the radial direction arise due to the thermal
expansion mismatch between constituent phases,
chemical shrinkage of the resin and non-uniform
curing [6]. Radial residual stresses in glass fibers
embedded in epoxy resin have rather signifi-
cant contribution to the general process-induced
stress state [16]. However, the residual stresses
in the longitudinal direction along the fibers are
significantly influencing the stresses in the fibers
surrounded by a large volume of resin. It has
been shown by single-fiber fragmentation tests
that fibers without any pre-loading while cur-
ing are under compressive residual stresses [16].
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Figure 2: Test set-up for tensile testing in SEM. A motor
drives a spindle that moves one of the loading blocks and
thus one grip, resulting in tension or compression of the
specimen.

Residual stresses could also influence interface
properties and cause debonding prior to loading
which would prevent studying of interface prop-
erties. Therefore, the fibers are pre-loaded before
curing. The amount of pre-load can be estimated
by calculating the expected compressive residual
thermal stress in the fiber. Residual compressive
stress of the fibers due to the thermal expansion
mismatch between constituent phases are given
by [3] and [4]

σthf = (αm − αf )(T − Tref )
Ef

1 + (
Vf
Vm

)(
Ef
Em

)
(1)

where, αm and αf stands for the thermal ex-
pansion coefficient of the matrix and the fibers,
respectively. The room temperature is denoted
by T and Tref is the reference temperature at
which the material solidifies upon cooling. The
fiber volume fraction is Vf while the matrix vol-
ume fraction is Vm. Finally, Em and Ef de-
note the Young’s modulus of the matrix and the
fibers, respectively. The value of the aforemen-
tioned parameters are given in Table. 1. During
post-curing the samples including two fibers em-
bedded in a large volume of resin are heated at
60◦C. In this temperature the fibers are under a
thermal compressive stress of σthf = −130MPa

which corresponds to a strain level of εth =
−0.18%. However, the above calculation of resid-
ual stresses does not include the chemical reac-

Material properties Value

αm [ 1
◦C ] 65× 10−6

αf [ 1
◦C ] 5.1× 10−6

T [◦C] 20

Tref [◦C] 50
Vf
Vm

[−] ≈ 0 (for two-fiber composite)

Table 1: The thermal parameters of the epoxy resin used
for the residual compressive stress calculation.

tions. Therefore, during manufacturing process
the fibers were pre-strained a little more, i.e.
+0.25%. This pre-straining fulfills by applying a
weight of 20g at each fibers ends. After position-
ing and pre-straining, the mold is filled up with
previously degassed resin. Specimen was cured at
23◦C for 24 hours and subsequently post-curing
at 60◦C for 10 hours. The surface of interest was
polished in order to remove any cracks from the
surfaces as well as fulfilling microscopy require-
ments. Once smooth surface is obtained, samples
are reshaped to the dog-bone shape in order to
facilitate mechanical testing. The final geometry
of the sample is shown in Fig. 1a. Then, the sur-
face faced to the microscope is electrically con-
ducted by a thin coating of a carbon layer.

As shown in Fig. 2, the specimen is subjected
to the tensile load using a special tensile load-
ing fixture [11] designed for testing in SEM. The
fixture was mounted on the x, y, z stage of the
vacuum chamber of SEM (Zeiss, EVO60). The
polished surface was oriented towards the micro-
scope electron gun and detectors. By this setting
in situ observation of crack initiation under the
tensile loading can be obtained. During the mi-
cro scale experiments, the load was applied to
the specimen in increments. The tensile test was
interrupted at various load steps until ultimate
failure. This enabled observing and capturing of
images of the crack propagation using SEM fa-
cilities. The fiber/matrix debonding as well as
matrix failure near the fibers is shown in Fig. 1b
where a crack is seen to initiate at the interfaces
between the fibers and the matrix. It propagates
along the fiber/matrix interface until a certain
angle is reached, at which the crack kinked into
the matrix. This study considers the failure be-
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done shaped epoxy resin including two glass fibers in the
middle of specimen. b) The chosen 2D-cell from the mid-
dle of specimen including two circular fibers. The dimen-
sions, loads and the coordinate system are shown. c) A
deformed and partly debonded cell under an x1-direction
tensile load.

fore interfacial crack kinks to the matrix. In the
results section, it will be shown that the inter-
face at which debonding initiates depends on the
strength of the interfaces as well as the size of the
fibers.

3 Numerical Modeling
To simulate the observed fiber/matrix debond-
ing, two circular fibers are embedded in a large

zone of matrix (see Fig. 3b). A Cartesian ref-
erence coordinate system, xi, is placed at the
bottom-left corner of the cell and aligned with
the unit cell edges. The dimension of the cell is
determined by the length, b, the width, a, and
the radius of the fibers, R#1 and R#2. The cell is
subjected to a normal load in x1−direction. The
boundary conditions are implemented incremen-
tally as follows

Ṫ2 = 0 and u̇1 = 0, on x1 = 0

Ṫ1 = 0 and u̇2 = 0, on x2 = 0

Ṫ2 = 0 and u̇1 = ∆̇1, on x1 = a

Ṫ1 = 0, on x2 = b

(2)

where ∆̇1 and ∆̇2 describe incremental displace-
ment quantities on the two edges of the cell, and
Ti are surface tractions. The overall macroscopic
stress increment, Σ̇ij , are computed as

Σ̇11 =
1

tb

∫ b

0
Ṫ1tdx2, at x1 = a

Σ̇22 =
1

ta

∫ a

0
Ṫ2tdx1, at x2 = b

(3)

and the corresponding macroscopic incremental
strains are defined as

Ė11 =
∆̇1

a
, Ė22 =

∆̇2

b
(4)

Assuming Σ33 = 0, the composite is assumed to
deform by uniaxial normal loading under plane
stress condition. It means, the modeling simu-
lates the specimen surface at which the debond-
ing is monitored by the SEM. In Fig. 3c, the
schematic drawing of the specimen with the
debonded interfaces are shown after applying
tensile load. In each fiber two parameters are
measured; The crack opening distance of the in-
ner and outer interface of the fibers which are
denoted by ∆Inn and ∆Out, respectively and also
the debonding angle being called here as the
debonding angle. As shown in Fig. 3c, two angles
have been measured in each fiber with debonded
interfaces. The crack angle at the inner interface
of the fiber #1 is denoted with θ#1

Inn and the crack
angle at the outer interface of the fiber #1 is
shown with θ#1

Out. The same notation is used for
fiber #2.
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3.1 Isotropic Plasticity Model
The matrix is assumed to be an elasto-plastic
material governed by the standard J2-plasticity
theory, while the fibers are considered as purely
elastic. Both the matrix as well as the fibers are
modelled as isotropic materials. In the matrix,
the stress increment is calculated from the total
strain increment, ε̇ij , which consists of an elastic
part, ε̇eij , and a plastic part, ε̇pij

ε̇ij = ε̇eij + ε̇pij

σ̇ij = Lijklε̇kl
(5)

Here, Lijkl is the fourth order incremental stiff-
ness tensor defined as

Lijkl =
Em

1 + νm
[
1

2
(δikδjl + δilδjk) +

νm
1− 2νm

δijδkl − β
3

2

Em
Et
− 1

Em
Et
− (1−2νm)

3

sijskl
σ2
e

] (6)

while,

β =

{
1 for σe = σf and σ̇e ≥ 0
0 for σe < σf or σ̇e < 0

(7)

where, Em is the Young’s modulus and νm is
the Poisson’s ratio of the matrix. The tangen-
tial modulus, Et, is the slope of the stress-strain

curve at the stress level σe =
√

3
2sijsij and δij

denotes the Kronecker delta. The stress devia-
tor is defined by sij = σij − δij

σkk
3 . In Eq. 7,

σ̇e = 3sklσ̇kl
2σe

and σf is the instantaneous flow
stress. During plastic yielding β is unity and the
magnitude of Lijkl depends on the stress state
and the deformation hardening law whereas in
the elastic regime (including elastic unloading)
it is governed by Hooke’s law where β is zero.
The yield surface, f, is taken as the von Mises
yield surface

f = σe − σf (εpe) = 0 (8)

Here, σf = σf (εpe), where and εpe is the equiv-
alent plastic strain, work conjugate to σe, and
it is defined incrementally by the relation ε̇pe =√

2
3 ε̇
p
ij ε̇

p
ij . The hardening behavior determined by

σ(λ)

λ1λ2λ1

σmax un

ut

Bulk elements
Cohesive elements

0

Figure 4: Traction-separation law used to characterize in-
terface separation.

the uniaxial stress-strain relation which is repre-
sented by the power hardening law

ε =

{
σ
E for σ ≤ σy
σy
E

(
σ
σy

)n
for σ > σy

(9)

where n is the strain-hardening exponent and σy
denotes the initial yield stress.

3.2 Cohesive Zone Model
When the cell is deformed, the interfaces be-

tween fibers and matrix tend to separate nor-
mally as well as tangentially. In order to capture
this fracture behavior, a trapezoidal cohesive
zone model proposed by Tvergaard and Hutchin-
son [14] is used (see Fig. 4). As illustrated in
Fig. 3c the failure by debonding is taken into ac-
count by considering two generally uneven cohe-
sive zones along the two reinforcement interfaces.
The cohesive zone model determines the failure
behavior imposing a relation between tractions
and separations. This traction-separation law is
regarded as a phenomenological characterization
of the separation zone along the interfaces and
not the description of atomic separation, see [14].
In this model, λ is defined as a non-dimensional
parameter describing the separation as

λ =

√(
un
δcn

)2

+

(
ut
δct

)2

(10)

such that onset of degradation in the cohesive
zone starts at a specified value, λ = λ2, and fully
damage occurs when λ = 1. Here, δcn and δct are
the normal and tangential characteristic cohesive
lengths, respectively, and un and ut are the nor-
mal and tangential separation of the interface,
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respectively. A traction potential can be defined
as

Φ(un, ut) = δcn

∫ λ

0
σ(λ́)dλ́ (11)

from which the normal, Tn, and tangential, Tt,
tractions acting on the interfaces can be devided
according to

Tn =
∂Φ

∂un
=
σ(λ)

λ

un
δcn
, Tt =

∂Φ

∂ut
=
σ(λ)

λ

δcn
δct

ut
δct

(12)

The incremental traction vector is related to the
displacement increments across the interface as Ṫt

Ṫn

 =

 ∂Tt
∂ut

∂Tt
∂un

∂Tn
∂ut

∂Tn
∂un

 u̇t
u̇n

 (13)

where the matrix on the right hand side is the
cohesive tangent matrix. In pure normal separa-
tion (ut = 0) the maximum traction is Tn = σ(λ)
where λ = un

δcn
, while under pure tangential sep-

aration (un = 0) the maximum traction is Tt =
δcn
δct
σ(λ) where λ = ut

δct
. Thus, for both the inter-

faces considered here, five interface parameters
need to be specified, i.e. δcn, δct , λ1, λ2 and σmax.
In addition, a plateau in the maximum trac-
tion level in the trapezoidal cohesive zone model
simutaneously allows more Gauss points of cohe-
sive elements to be at the maximum stress. This
may lead to more stable numerical solutions in
comparison with bilinear and exponential models
[1]. However, Tvergaard and Hutchinson [14] dis-
cussed that under small scale yielding and small
scale fracture process zone the shape of the sep-
aration law has a secondary importance and the
most critical parameters are the maximum cohe-
sive stress and the characteristic cohesive length.
Finally, it should emphesized that this model
takes the same fracture energy for all mode mix-
ities although the tangential cohesive length, δct ,
is considered to be larger than the normal cohe-
sive length, δcn.

3.3 Numerical Methods
For the numerical implementation the incre-
mental form of the principle of virtual work is
adopted. Disregarding body forces, the principle

Figure 5: An example of mesh used for the computations.
The fiber are positioned in the matrix with the distance of
∆x = 60µm and ∆y = 20µm from each other. The fibers
radiuses are R#1 = 25µm and R#2 = 28µm.

reads∫
V
σ̇ijδε̇ijdV +

∫
SI

(Ṫnδu̇n + Ṫtδu̇t)dS =∫
S
Ṫiδu̇idS (14)

where V denotes the volume of the unit cell hav-
ing the surface S and SI is the surface of the
fiber-matrix interface. In Fig. 5 an example of
finite element mesh is shown. The mesh con-
sists of 4420 elements including 286 cohesive el-
ements. Eight-node quadrilateral elements with
nine Gauss points are used for the bulk mate-
rials while six-node quadrilateral elements with
three Gauss points are considered for the cohe-
sive zones. As shown in Fig. 5, the mesh is re-
fined near the interfaces. Tvergaard and Legarth
[15] characterized the length of the fracture pro-
cess region, `, in the cohesive zone during crack
growth by the distance from the crack-tip, where
λ = 1, to the point ahead of the crack-tip where
λ = λ1. They found a good resolution and very
little mesh dependence when the value of ` is sev-
eral times the length, ∆0, of a square element
in the uniform mesh region (here, around the
interfaces in Fig. 5). This requirement is satis-
fied in the present computations as ` ≥ 10∆0

corresponding to 10 elements in the active co-
hesive zone. In each incremental step, ∆t, for
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the next increment is corrected according to

(ε̇p)max ·∆t ≤ c1 and
(
λ̇
)
max
·∆t ≤ c2, where the

label max refers to the maximum effective plastic
strain rate in any Gauss point, or the maximum
rate of debonding separation measure at the cur-
rent increment. Since a forward Euler integration
scheme is adopted, it has been investigated if the
results are affected by c1 and c2. Thus, the val-
ues of the constants c1 and c2 are in several com-
putations chosen as c1 = 0.01 and c2 = 0.004.
In addition, discontinuous increment analysis is
used, such that when the first Gauss point in
the bulk material reaches the plastic regime or
when the first Gauss point in the cohesive ele-
ments of each interface reaches λ = λ2 the solver
turns one step back and continue the solution
with reduced increment size. The amount of step
reduction as well as c1 and c2 parameters are
chosen such that a stable and converged solution
is achieved. Thus, for further reduced time steps
similar results are obtained.

4. Results and discussion
The in situ observations from the tensile tests
conducted inside SEM reveal that debonding at
the fiber/matrix interfaces is the first failure
mechanism occurring in the two-fiber compos-
ite tested here. The results show that the crack
initiates at 0◦ and 180◦ with respect to the ten-
sile load orientation at ∼ 7MPa. The applied

remote stress is defined by σexp =
F

A
where

F and A are the applied tensile load and the
area under the load, respectively. Subsequently,
the crack propagates at the fiber/matrix inter-
face until a point at which further load leads to
crack kinking into the matrix. The applied re-
mote stress at kinking has been measured to be
σexp ∼ 14MPa. In addition, as shown in Fig. 1
the orientation of crack propagating into the ma-
trix is perpendicular to the load orientation indi-
cating mode-I fracture in the matrix. In order to
characterize the cohesive parameters used in the
numerical modeling, a parameter study has been
carried out by fitting the numerical results with
the experimental findings. Beside the amount of
remote stress at which debonding initiates, the
angle of the propagating crack as well as the
amount of crack normal opening distance at the
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Figure 6: a) The normalized crack normal opening-remote
stress and b) the debonding angle-remote stress for the
reference case, R#1 = R#2 = 25µm, δcn = 0.006R#1, δct =
5δcn, σ#1

max = σ#2
max = 0.5σy, λ1 = 10−4, λ#1

2 = 0.1 and
λ#2

2 = 0.2. The figure illustrates the onset of degradation
in the cohesive zone and fully damaged cohesive zone of
the two interfaces on the curve.

fiber/matrix interfaces have been measured. This
comparison indicates that the maximum cohe-
sive stress is σmax ' 8MPa and the character-
istic cohesive length is δcn . 0.15µm. Calculat-
ing the interface normal fracture energy, φ, by

φ =
σmax(1 + λ2 − λ1)δcn

2
, the above characteri-

zation denotes that the interface normal fracture

energy is relative small (. 0.5
J

m2
) in comparison

with the epoxy fracture energy which is normally

above 100
J

m2
. Furthermore, the very small char-
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acteristic cohesive length indicates that failure of
glass-fiber/epoxy interfaces are very brittle.
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Figure 7: Effect of the fiber radius, R, on a) the normal-
ized crack normal opening, ∆n/δ

c
n, and b) the debonding

angle, θ. The interfaces parameters, the geometry (except
the radius of fibers) and loading conditions are identical
to the reference case, see Fig. 6.

Using the above characterized cohesive parame-
ters, a parameter study is carried out to assess
the effect of fiber positioning and the maximum
cohesive stress on the damage evolution of two-
fiber composite. In Fig. 6, the behavior of the
two-fiber cell for a reference case is shown. The
reference case denotes when R#1 = R#2 = 25µm
and the interfacial parameters for both interfaces
are δcn = 0.006R#1, δct = 5δcn, σ#1

max = σ#2
max =

0.5σy and λ1 = 10−4, while interface #1 has

λ#1
2 = 0.1, and for interface #2, λ#2

2 = 0.2. Dif-
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Figure 8: Effect of the maximum cohesive stress, σmax, on
a) the normalized crack normal opening distance, ∆n/δ

c
n,

and b) the debonding angle, θ. The interfaces parame-
ters (except the maximum cohesive stresses), the geome-
try and loading conditions are identical to the reference
case, see Fig. 6.

ferent λ2 values which also yield slightly different

fracture energies (i.e. φ#1 = 0.48
J

m2
and φ#2 =

0.54
J

m2
) lead to uneven interfacial strengths at

the two interfaces. Many experiments (e.g. [9]
[12]) have shown that the the interfacial fracture
energy increases with mode mixity. However, in
the current study a cohesive law with the same
fracture energy for all mode mixities is used.
Fig. 6a and Fig. 6b illustrates the normalized
crack normal opening, ∆n/δ

c
n, and the debonding

angle, θ, respectively. The inner interfaces denote
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the interfaces in the ligament between the two
fibers while the outer interfaces are those at the
outer side of the fiber far away from the other
fiber (see Fig. 2). As shown in Fig. 6a, the ini-
tial crack opening occurs at Σ11

σy
' 0.27 at the

inner interfaces and Σ11
σy
' 0.57 at the outer in-

terfaces which shows that debonding at the inter-
faces close to the ligaments initiates earlier than
those on the outer sides. This clearly shows that
the presence of the second fiber strongly affect
the debonding of the first fiber. These numerical
values of stress at the crack initiation match to
the experimental findings reported in the begin-
ning of the result section. At the inner interfaces,
by increasing the loading the normalized crack
normal opening, ∆n/δ

c
n, grows up slightly with

a linear slope until the point where debonding
leads to nonlinear behavior on the curve. This
nonlinearity is due to the degradation of traction-
separation in the cohesive low when λ = λ2 at
each cohesive Gauss points. The first Gauss point
which reaches λ = λ2 is depicted by (4). After-
wards, subsequent Gauss points at the same co-
hesive interface also pass λ = λ2 and therefore
the interface gets weaker which leads to nonlin-
earity on the curve until the first Gauss point at
Σ11 ' 0.28σy gets fully damaged, i.e. λ#1 = 1,
(#). By continuing loading the crack propagates
along interface #1. When interface #1 is being
debonded, the normalized crack normal opening
versus normalized remote stress shows again a
linear behavior until interface #2 starts debond-
ing at Σ11 ' 0.55σy. As for interface #1, the
same points are marked but with the filled sym-
bols (N and  ). The slope of the curves in Fig. 6b
represents the crack growth rates. For all cases
in the beginning of the crack growth the slope is
very sharp denoting that the crack propagates
very fast and unstable. But subsequently the
slope decreases and the crack propagates at al-
most a constant growth rate. Paŕıs et al. ([10]
and [9]) studied the mechanisms of failure in
a single fiber surrounded by the matrix under
transverse tension. Their observation shows that
a crack starts running at the interfaces and after
a certain angle (between 60◦ to 70◦) the crack
kinks into the matrix. The same interval of kink-
ing angle is confirmed in the present experimen-

tal obsevations. However, this research focuses
on the failure mechanisms before kinking occurs.
Therefore, in Fig. 6b, the curves are shown until
maximum θ = 80◦.

Fig. 7 shows the effect of fiber radius size on the
crack initiation at the interfaces. In this figure,
fiber #1 has R#1 = 25µm while the radius of
fiber #2 is R#2 = 30µm. As depicted in Fig. 7a
(see #-marks and  -marks) and in Fig. 7b earlier
debonding occurs at the both interfaces when the
radius of fiber #2 increases. This earlier debond-
ing can be due to the decrease of the ligament
between the two fibers. However, the behavior of
the curves remain almost unchanged.

The effect of the maximum cohesive stress is
shown in Fig. 8. As illustrated in Fig. 8b, in-
crease of the maximum cohesive stress postpones
debonding. But as shown in Fig. 8a, increasing
the maximum cohesive stress leads to larger nor-
mal crack opening. In addition, Fig. 8b depictes
that the cracks of the inner interfaces after ∼ 40◦

grow exactly on the same curve regardless of the
maximum cohesive changes.

Lastly, Fig. 9 illustrates the corresponding con-
tours of the accumulated equivalent plastic
strain, εpe, for the reference case when the remote
stress in x1-direction is Σ11

σy
= 0.6 (see Fig. 6).

Some plastic deformation can be seen in the lig-
ament between two fibers but most plastic de-
formations are in front of the crack tips in the
top and bottom of the fibers. This plasticity in
the vicinity of the crack tips is due to the tensile
stress in x1-direction which eventually leads to
shear debonding at the interfaces in the top and
bottom of the fibers. Fig. 9 also shows the same
crack normal opening in the inner interfaces as
well as at the outer interfaces. Although the
outer interfaces have smaller crack openings than
the inner interfaces. In addition, the debonding
at the inner interface in the ligament between
the fibers, θ#2

Inn = 51◦, shows smaller crack angle
than the inner interface away from the ligament,
θ#1
Inn = 79◦.

5. Conclusion
The interfacial parameters are characterized by
comparing the experimental results with those
from the finite element analysis using the cohe-

ICCM19 5861



∆
#1
Inn

/δcn = 7.3
θ
#1
Inn

= 79◦

θ
#2
Inn

= 51◦θ
#2
Out

= 28◦

∆
#

2
O

u
t
/
δ
c n

=
1
.4

0

0.01

0.02

0.03

0.05

εpe

0.04

∆
#2
Inn

/δcn = 7.5

∆
#

1
O

u
t
/
δ
cn

=
1
.4

θ
#1
Out

= 18◦

Figure 9: Contours of the accumulated equivalent plastic
strain, εpe , at Σ11/σy = 0.6, see Fig. 6.

sive zone model. The experimental results are de-
termined by performing the in situ tensile tests
on a two-fiber composite inside the chamber of
SEM. The characterization showes that the max-
imum cohesive stress is σmax ' 8MPa while the
characteristic cohesive length is δcn . 0.15µm.
These two parameters result that the interface

normal fracture energy, φ, to be (. 0.5
J

m2
).

Then, knowing the actual interface properties,
different positioning of fibers is studied to investi-
gate the progressive interfacial damage evolution
by focusing on the interaction between two fibers
with uneven interfacial strengths. It was found
that the interfacial normal fracture energy is sig-
nificantly small compared to the epoxy fracture
energy. The results show that debonding initi-
ates at the inner interfaces followed by the outer
interfaces. In addition, debonding triggers ear-
lier if the radius of one of the fibers increases.
Finally, larger maximum cohesive stress leads to
stronger interfaces and subsequently postpones
debonding of the interfaces.
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1 Introduction 

In aerospace industry an increasing number of metal 

structures are replaced by composite materials. 

Within an EU funded project a fuselage section is 

designed and manufactured as a full composite 

structure. A lattice structure is developed with 

potential to become the next step in aircraft design. 

[1] Amongst others the automated fiber placement 

process is analyzed to manufacture different sections 

of the lattice structure, such as the crossing sections 

and the connection to the attachment frame [2].  

 

2 Assumptions and determined parameters  

2.1 Requirements definition 

As reference aircraft the Piaggio Aero P180 is used. 

This aircraft has a fuselage radius from 0.90 meter. 

Within this project a metallic section of 2 m length 

is substituted by a carbon fiber fuselage section. 

All required information about the load cases for the 

new lattice structure were taken from the P180. 

Different project partners were involved in the 

design process. In Fig. 2 a possible fuselage section 

design based on a lattice structure is shown.  

2.2 Manufacturing processes 

From the manufacturing point of view the project 

focuses on two different processes, wet filament 

winding (FW) [3] and automated fiber placement 

(AFP) with prepreg material. The Institut fuer 

Verbundwerkstoffe GmbH is work package leader 

for the “Wafer Section Manufacturing Design” and 

within this package responsible for the automated 

fiber placement process. All samples were 

manufactured with a lay-up test rig by hand or robot 

system. The automated robot systems and the lay-up 

test rig are originally designed for thermoplastic tape 

placement [4] and were modified for thermoset 

prepreg tapes. Therefore, all feeding guides were 

covered with a special coating film to reduce the 

tackiness between the prepreg material and metallic 

feeding guide. For an additional reduction of the 

tackiness mostly all components were tempered with 

a vortex tube. Inside this tube pressurized air is split 

in a cool airflow (up to - 40 °C) and a warm airflow 

(high than 50 °C). The cool airflow is used to cool 

the compaction roller, the feeding guides, and the 

cutting device inside the tape placement head. The 

protection film of the prepreg tape is stored in an 

optional material box.  

2.3 Material selection 

For the selected processes epoxy resin and carbon 

fiber (HTS040 / HTS 5631) were chosen. The brand 

name for the AFP prepreg material is MTM44-1 

from CYTEC (formerly Advanced Composite 

Group). The material is an unidirectional carbon 

fiber tape with an epoxy resin (Tg from 190 °C -

 dry) designed for OoA (Out of Autoclave) and 

autoclave processing. The fiber volume content was 

set to 60 % inside the parts. For the AFP-Process an 

“Out of Autoclave” curing was defined. The curing 

cycle for the material is listed in Fig. 3. 

The curing system “out of autoclave” required a 

heated tool or oven for the thermal energy input. 

Depending on the curing ramp the exothermal 

reaction of the material is different. In Fig. 3 the 

results of two DSC measurements (Differential 

Scanning Calorimetry) are plotted (heating ramp 

2 °C/min and 5 °C/min). The exothermic reaction of 

the tests with 5 °C/min is higher than with 2 °C/min. 

For the manufacturing of a large test sample or a 

complete fuselage section the temperature 

distribution needs to be homogeneous. Different 
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exothermic reactions in one sample can result in 

residual stress. As a result of the DSC tests, the 

temperature distributions of the different heated 

plates were analyzed. For all tests an additional 

metallic plate were put on top of the heating plate to 

compensate non-homogeneous temperatures. For a 

further manufacturing process a lay-up tool needs to 

be developed with to homogeneous temperature 

distribution.  

 

3 Results for the automated fiber placement 

process 

3.1 Rib- manufacturing 

Each of the two manufacturing processes (chapter 

2.2) inside the project has their own requirements. 

For the AFP-Process it is not feasible to produce a 

rib with triangular cross section geometry. The used 

prepreg material is available in different width, but a 

permanent material change inside the lay-up process 

is not efficient. With this requirement the simulation 

and design partners developed a new lattice structure 

with only 1 ° draft angle, which is enough for the 

demolding of the part and fits to the AFP process 

requirements. 200 prepreg layers are necessary to 

realize the rib height. Considering the economical 

manufacturing it is not reasonable to compact after 

every 20 layers with vacuum before the next layers 

was layed-up. With well-chosen parameters the void 

content could be reduced to a minimum. The void 

content inside the manufactured parts depends from 

the part thickness and the used vacuum time. 

Fahrhang [6] shows the dependence between the 

vacuum time and the void content (Fig. 4). After 8 

hours the minimum void content of the 

manufactured part is reached.  

All manufactured samples were cured after an eight 

hour vacuum. The minimum allowed vacuum 

pressure is 20 mbar (material datasheet). Within all 

curing cycles a standard vacuum pressure lower than 

1 mbar could be reached. In Fig. 5 the vacuum curve 

during a curing cycle is plotted. After the curing 

cycle has started, the temperatures raised and the 

vacuum decreases. The reason for this effect is the 

decreasing resin viscosity and the entrapped air 

(voids) can escaped. 

 

3.2 Crossing Sections 

For lattice structures the crossing points of ribs are 

significant. [3] The crossing results in a higher 

volume of fibers and matrix. For example the 

crossing of two ribs doubles the material at the 

crossing point. To compensate this, the crossing area 

needs to be increased. Four different solutions for 

the alternative crossing sections were analyzed. All 

solutions are shown schematically in Table 2 (top 

and side view).   

The lay-up tool for the crossing section 

manufacturing is shown in Fig. 6.  

In figure A a negative metallic tool for configuration 

4 is shown. The rib geometry and the crossing 

section are the requested final rib geometry. For a 

better material compaction a silicon X-structure (B) 

was manufactured as stamp. In figure C the curing 

setup is shown. The prepreg material is layed down 

inside the negative metallic tool and covered by the 

silicon X-structure stamp. In figure D the complete 

buildup is shown. On the top of the silicon tool an 

additional metallic X-structure was used to distribute 

the consolidation pressure to the prepreg rib 

structure. Two different curing procedures were 

used: “Autoclave” figure E and “Out of Autoclave” 

figure F.  The cured sample is shown in figure G 

(e.g. sample with the fiber deflection into the width 

configuration 4). 

With a micro - computer tomography the void 

content was analyzed inside the crossing sections. 

For each sample the pictures (maximum 1500) of the 

crossing section in thickness direction were 

statistically analyzed. With software the void content 

(grey scale) could be calculated (Fig. 7). 

Configuration 1 (90 ° cut) shows for all examples 

the maximum void content of 2.0 %. The examples 

with cut fibers in 72 ° have a void content of 1.9 %, 

Configuration 3 (deflection into the height) 1.0 % 

and the minimum void content inside the crossing 

section shows configuration 4 (deflection into the 

width) with 0.3 %.  

In addition different manufactured samples of each 

configuration were mechanically tested with a non-

standard 3-point bending test (Fig. 8). The maximum 

loads and the mechanical behavior for each sample 

were shown in Fig. 9. The first two variants (90° cut 

and 72° cut) shows lower maximum loads and lower 

ICCM19 5865



 

3  

CHALLENGES FOR THE MANUFACTURING OF A LATTICE STRUCTURE 

FUSELAGE SECTION WITH PREPREG LAY-UP TECHNOLOGY 

 

displacements. The maximum load is shown in 

configuration 3 (fiber deflection into the height) and 

configuration 4 (maximum displacement).  

Considering the side views in Table 2 a combination 

of configurations 3 and 4 should be the optimum for 

this crossing section. The reason is that the crossing 

section of configuration 3 is higher than the ribs 

which leads to manufacturing problems during the 

lay-up and problems during the assembly of the 

interior of the aircraft. The combination of 

configurations 3 and 4 results in a nearly constant 

cross section and rib height.  

3.3 Lay-up tool  

The complete fuselage section with ribs and surface 

sheets should be manufactured in one step. This 

results in different problems. The main focus is the 

compaction of the prepreg material during the “Out 

of Autoclave” curing process. Due to the material 

compaction during the curing process the prepreg 

height of a rib decreases (maximum 20 %). For the 

“Out of Autoclave” curing the maximum differential 

pressure is 1 bar. The vacuum bag needs to follow 

the rib decrease. As described before the crossing 

section samples were manufactured with a metallic 

tool to distribute the consolidation pressure. Due to 

the draft angle and the undercuts of the design a 

metallic stamp is a very expensive and complicated 

choice for a suitable fuselage manufacturing process.  

Different tool materials were analyzed and tested. 

As tool material Elastosil ® C1200 (silicon with a 

Shore A of 25), Aquacore ™, Aquapour ™, and a 

salt material were tested. Salt, Aquacore ™, and 

Aquapour ™ are all lost tool materials. The test with 

the silicon material is shown in Fig. 10 and Fig. 11.  

The rib was placed on a metallic plate covered with 

a glass fabric, peel ply, and a silicon tool on top. A 

standard vacuum bag covered all. A low Shore A 

value in combination with different design variants 

(Fig. 11) should permit the compaction of the 

material while the rib geometry is almost trapezoidal. 

Due to the vacuum pressure the rib was compacted 

but lost its dimensional accuracy.  

Fig. 12 shows the undefined rib geometry (no 

trapezoidal geometry). The handling of both state of 

the art lost core materials (Aquacore ™ and 

Aquapour ™) shows some disadvantages for a 

fuselage section manufacturing process. Salt as a 

tooling material for the FRPC production is new. 

The used experimental material is not commercially 

available and shows nearly perfect surface and 

handling properties. The quality of the manufactured 

part shows the high potential of this tooling material, 

but the manufacturing process for a salt tool needs to 

be optimized for the requirements of FRPC parts. In 

further projects the material may be a good tooling 

material for complex parts.  

Due to the deflection angle of the ribs and other 

restrictions of the project silicone was chosen as 

tooling material. Also the manufacturing method 

was changed to the method which is shown in Fig. 

14. Five different silicon materials were analyzed 

(Table 3). To test the stability of the tooling and the 

surface quality of the part different simple test 

samples were manufactured. The surface quality was 

measured on a cured prepreg fabric with a “White 

Light Profilometer” (FRT MicroProf© MPR 1149). 

The maximum resolution in z-direction (roughness 

of the surface) is 3 nm (3 x 10°-6 mm). For the 

surface roughness determination a scanning area of 

4 x 4 mm was chosen. Depending on the toughness 

of the tooling material the fabric structure is more or 

less distinctive (Fig. 13). All silicone materials 

consist of 2 components expected for silicon E. This 

silicon is available as silicone mat.  

With a higher Shore A value the surface quality and 

the accuracy of the geometry increases. The best 

value was achieved with a silicon pad (type E). Due 

to manufacturing restrictions (draft angle and a 

required thickness of 25 mm) the finished silicone 

mat could not be used. For all further tests the 

second best silicon ZA 50 LT from Zhermack was 

used.  

 

The manufacturing method for the test panels (a 

curved section of a fuselage with a radius of 900 mm, 

length and width 1100 mm) is shown in Fig. 14. For 

the panel manufacturing the lay-up robot system 

stands next to the concave lay-up tool. The 

manufacturing process starts with the lay-up of the 

surface. After completion of the surface layers the 

ribs are manufactured.  

The accuracy of the rib geometry is important for the 

stability and the reliability of the manufacturing 

process. Due to the draft angles and undercuts the 

free space between the ribs needs to be filled with 

precisely fitting silicon tools made of the chosen 
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silicone material ZA 50 LT. To achieve the required 

geometry the silicone is formed in a separate tool. 

Based on the rectangular ribs on the surface and the 

undercuts the tooling for the silicon was printed with 

a 3D printer. First tests with the silicon tool were 

successful. After completing the ribs an additional 

pressure piece was placed on top of the ribs and used 

to get a better compaction beneath the vacuum bag. 

Due to the concave lay-up system the compaction of 

the ribs (< 20 %) had no negative influence for the 

outer fuselage surface. Nevertheless, this can results 

in some difficulties for the manufacturing process of 

a complete fuselage section:  

- The lay-up system (AFP robot) needs to 

work inside the fuselage  

- silicon tools for ribs need to be fixed 

(gravity) 

 

In view of the described problems another lay-up 

tool is required for the manufacturing of a complete 

fuselage section. Using a convex lay-up tool the 

manufacturing process starts with the lay-up of the 

ribs and ends with the lay-up of the surface (Fig. 15). 

 

During curing of the material especially the ribs are 

compacted resulting in an inhomogeneous outer 

fuselage surface, which is unacceptable.  

A new manufacturing and compaction method has to 

be developed. In combination of a special lay-up 

tool and an additional pressure system the 

compaction of the material (especially the ribs) can 

apply without fiber deflection on the outer fuselage 

surface. The new manufacturing system starts with 

the lay-up of the ribs on a convex tool, which is 

followed by the surface layers. To apply the pressure 

to the ribs from the inside to the outside a separate 

pressure system is required. With a new test tool 

(Fig. 16) it is possible to apply a pressure on the rib 

during the “Out of autoclave” curing. The test tool 

consists of different metallic plates. On the base 

plate all additional plates were fixed and positioned. 

As second plate (spacer plate) was fitted in to apply 

the additional pressure system. The maximum usable 

size for the additional pressure system was set to 

20 x 20 mm. In the third plate the rib is placed. The 

draft angle from 1° on each side opens to the fourth 

plate (Fig. 16).  

 

 

All additional pressure systems were tested on a real 

rib structure (cured dimensions: 6.35 mm on the 

short side, draft angle 1 ° and 20 mm high). For all 

systems compressed air were used to apply the 

additional pressure on the rib. In Table 4 the 

different tube diameters are shown. All tubes have a 

Shore A value of 55. 

 

In Table 5 different pressure systems and the final 

rib height are shown. The uncured rib is 25 mm high. 

The compaction depends strongly on the used 

material and applied pressure. Higher inside pressure 

leads to higher compaction and lower void content 

but due to an OoA process with vacuum compaction 

the maximum possible applied inside pressure has to 

be less than 1 bar. Otherwise the additional applied 

pressure is higher than the outer pressure of the 

vacuum.  

 

To achieve the required accuracy a pressure plate at 

the outside of the part is essential.  

 

4 Summary 

The manufacturing of lattice structures for a fuselage 

section with the AFP process was analyzed and 

described. Different configurations for rib crossing 

points are proposed and experimentally evaluated. 

Void content of less than 2 % is achieved due to 

optimized process and curing parameters. Solutions 

for convex as well as concave tooling concepts are 

explained and partly tested. Specific core materials 

and additional rib compaction leads to best results in 

part as well as surface quality. The investigations 

show the potential of AFP to manufacture lattice 

structures for new aerospace fuselage designs.   
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Fig. 1: P180 Section  

 

Fig. 2: Lattice structure designed by KhAI
1
 (outer 

diameter 1800 mm) 

 

 

Fig. 3. DSC-results for different heating ramps 

 

                                                 
1 National Aerospace University “KhAI”, Kharkiv, Ukraine 
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Fig. 4: Void content depending on the time [6] 

 

 

Fig. 5: Measured curing cycle (temperature and 

vacuum pressure)  

 

Fig. 6: Manufacturing process for the rib intersection 
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Fig. 7: Void content analyses of a crossing section 

(µ-CT pictures) 

 

 

Fig. 8: Non-standard 3 point bending test 

 

 

Fig. 9: Results for the 3 point bending test 

 

 

Fig. 10: Silicone compression test 

 

 

Fig. 11: Different silicone design variants 

 

Fig. 12: Silicon tooling block 

ICCM19 5870



 

 

Fig. 13: Surface roughness from two different 

tooling materials (silicone B left, silicone D right) 

 

 

Fig. 14: Tooling and sketch of the panel lay-up 

 

 

Fig. 15: Manufacturing sketch – fuselage lay-up 

 

 

Fig. 16: Test tool for applying an additional pressure 

 

 

Table 1: Curing cycle MTM 44-1 [5] 

 Temperature Time 

1 Room temp.  130°C 1-2 °C/min 

2 130 °C 120 min 

3 130 °C  180 °C 1-2 °C/min 

4 180 °C 120 min 

5 180 °C  Room temp.  Not defined 

 

Table 2: Crossing section configurations 

1) 90° cut every alternating layer  

 

  
2) 72° cut every alternating layer  

 

  

3) Fiber deflection into the height 

Metal 

plate 

Metal 

plate 
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4) Fiber deflection into the width 

 

 
 

Table 3: Tooling Material and surface qualities 

 
Shore A 

Surface roughness 

Ra [µm] Rz [µm] 

A ZA 22 

Mould 

21 ± 2 1.160 12.390 

B TCF 4011 35 ± 2 1.066 12.592 

C SF 45 43 ± 3 0.928 10.736 

D ZA 50 LT 50 ± 3 0.981 14.520 

E Silicone 60 60 ± 5 0.877 11.084 

Supplier:  

A, D) Zhermack / B) Trollfabrik / C) Silikonfabrik 

E) Beyer  

 

Table 4: Silicon tube parameter 

 Outer 

Diameter 

[mm] 

Inner 

Diameter 

[mm] 

Silicone tube 1 20 14 

Silicone tube 2 19 13 

Silicone tube 3 21 16 

 

Table 5: Results of different analyzed pressure 

systems  

Pressure  

System 

Applied  

Pressure 

[bar] 

Rib  

height 

[mm] 

Void  

Content  

[%] 

Problems 

Silicone 

tube 1 
1 25.0 3,88 

Air 

leakage 

Silicone 

tube 1 
1 20.8 0,73 - 

Silicone 

tube 2 
1 25.0 7,45 

Tilted 

pressure 

piece  

Silicone 

tube 3 
1 21.0 0,57  

Stret-

chlon®
2
 

(vacuum 

bag 

material) 

1 25.0 6,95 

Air 

Leakage, 

due to 

thin 

vacuum 

bag 

Silicone 

tube 1 
3 18.7 0,43 - 

Silicone 

tube 2 
3 19,5 0,33 

Air 

Leakage 

Silicone 

tube 3 
3 18.6 0,69 - 

Silicone 

tube 3 
3 20.0 0,66 

Air 

Leakage 

PTFE 3 25.0 21,90 Not cured 

 

 

                                                 
2
 AIRTECH, Advanced Materials Group 

 

Metal 

plate 

Metal 

plate 
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EVALUATION OF BEARING DAMAGE BEHAVIOR IN 

THIN TITANIUM FILMS-CFRP HYBRID LAMINATE 

1 Introduction  

Carbon fibre reinforced plastics (CFRP) has been 

applied to aircraft and spacecraft because CFRP is 

light weight material compared to metal alloys. 

Application of CFRP enable us to manufacture large 

scale structure in the form of single-piece and 

considerable reduction of number of components has 

been achieved. Mechanical fastening using bolt-nut 

or rivets is one of the methods used for joining 

composite components for aircraft structure. 

Mechanical fastening is a well-known and well-

established method and has the advantage in easy 

assembly or disassembly. However, composite 

laminates are sensitive to stress concentration 

around circular hole or notch, and this fact results in 

damage onset in low stress. For composite bolted 

joints currently applied to aerospace structures, 

thicker composite plates are used locally around the 

joints in order to achieve high strength for assuring 

the safety. This spoils the lightweight characteristics 

of carbon fibre composites. In this regard, composite 

bolted joints which have high specific strength and 

better robustness are required. 

Applications of fiber metal laminates (FMLs) [1] 

with titanium alloy for composite bolted joints have 

been researched [2-4]. As for the material they 

examined, one can see the change of the main stress 

member as from the titanium layers into CFRP layer 

with the distance from the bolted joints. Furthermore, 

limited variation for the stacking sequences in 

hybrid region can be achieved because thickness of 

the titanium alloy sheets which is thicker compared 

to that of CFRP prepregs generally used.  

In this paper, fiber metal laminates that consist of 

carbon fiber reinforced plastics and thin titanium 

films were applied to composite bolted joints to 

improve bearing damage behavior of composite 

laminates. Experimental evaluation is conducted to 

obtain better bearing damage behavior by inserting 

thin titanium films. It should be noted that strength 

of the titanium films is not expected to contribute the 

bolted joints, but damage onset such as fibre kinking 

and shear cracking in the CFRP plies is suppressed 

by presence of the thin titanium films. With some 

results of bearing strength obtained by bolted joint 

tensile tests and bearing damage behavior in the 

hybrid laminates with various stacking sequences, 

optimization for the hybrid stacking sequence is 

discussed. 

 

2 Experimental Procedure 

2.1 Materials 

Hybrid thin titanium-CFRP fiber metal laminates 

were assembled by laminating carbon fiber/epoxy 

prepregs (T700SC/2592, Toray) and pure titanium 

films (50m, Sumitomo Metals Naoetsu Works), 

and they were cured in an autoclave. Since the 

hybrid laminates that consist of titanium and CFRP 

have attracted attention as a material that can 

withstand harsh environments such as high 

temperature, so titanium was selected in this study. 

Before the lamination, titanium films were soaked in 

hydrogen peroxide solution of 30% as surface 

treatment to improve their adhesion to epoxy resin 

[5]. Four types of the hybrid laminates were made 

by inserting five or eight titanium films into quasi-

isotropic CFRP laminates with stacking sequence of 

[45/0/-45/90]2S as shown in Table 1. 

 

2.2 Tensile tests for bolted joints 
Bolted joint strength and bearing damage behavior 

in the laminates were investigated by tensile tests of 

bolted joints. Specimens were fastened by stainless 

bolts and nuts with diameter of 6mm with two 

cramping CFRP plates under clamping torque of 20 

Nm. At the other side for the specimen, another 

CFRP plate was fastened as shown Fig.1. This unit 
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was mounted to tensile test machine by gripping 

each side. Tensile loading was applied to the 

specimen until ultimate failure under cross-head 

speed of 1.0 mm/min by Tensilon universal testing 

machine (RTF-1350, A&D) at room temperature. 

Bearing damages in the laminates after tensile tests 

were observed by digital optical microscope (VHX-

1000,KEYENCE). 

 
Table 1. Stacking sequence of specimens tested. 

Specimen Stacking sequence 

Areal 

density 

[g/cm
2
] 

CFRP 

laminates 
[45/0/-45/90]2S 0.35 

FML  

type A 

[45/0/-45/Ti/90/45/0/Ti/-45/90/ Ti/90/ 

-45/ Ti 0/45/90/ Ti/-45/0/45] 

0.46 FML  

type B 

[45/Ti/0/Ti/-45/90/45/0/-45/90/Ti/90/ 

-45/0/45/90/-45/Ti/0/Ti/45] 

FML  

type C 

[45/0/-45/90/45/Ti/0/Ti/-45/90/Ti/90/ 

-45/Ti/0/Ti/45/90/-45/0/45] 

FML  

type D 
[45/Ti/0/Ti/-45/90]2S 0.52 

 

 
 

Fig.1 Geometry of specimen for bolted joint tests. 

 

 

 

 

 

 

 

 

 

3 Results and Discussion 

3.1 Load-displacement curves 

Figure 2 shows bearing damage aspects of the 

specimens after the tensile test for bolted joints. For 

FML specimens one can see titanium films which 

were exposed by damage. In addition, for all 

specimens, one can see bearing fracture around  

circular hole portion along the direction of travel of 

the bolt. Therefore, in this test method, the net-

tension fracture did not occur, only damage caused 

by bearing load due to bolt is generated in the 

laminate. 

Figure 3 shows load-displacement curves of the 

quasi-isotropic CFRP laminates and four types of the 

hybrid laminates. Here displacement indicates that 

of the cross-head of the testing machine. Overall 

load values of the hybrid laminates were higher than 

that of the CFRP laminate because of the inserted 

titanium films. Displacement that indicates the 

maximum load of FML type A specimen shows 

smaller than the other FML specimens. There were 

load drop points in load-displacement curves, and 

they are considered to represent damage onset in the 

laminates.  

 

 

 
 
Fig.2 Bearing damages in the specimens after the bolted 

joint tensile tests. 
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Fig.3 Load-displacement curves of tensile tests. 

 

3.2 Bearing damage behavior in the quasi-

isotropic CFRP laminates 
One can see the first load drop point at 4.67 kN and 

damages in the CFRP plate were considered to 

initiate because the slope of the curve declined after 

this point. As the load value showed increase and 

decrease after the second load drop point of 10.7 kN, 

damage growth in this stage could be related to the 

load behavior.  

Figure 4 shows the bearing damages in the CFRP 

plate around first load drop point. At 4.0kN, micro-

buckling of the carbon fiber in 0° layer (in-plane 

fiber kinking) occurred first. After that, the out-of-

plane fiber kinkings occurred and they induced 

matrix shear cracks in adjacent layers at first load 

drop point as shown in Fig.5. Matrix crackings 

which were induced by out-of-plane fiber kinkings 

after the first load drop were found to propagate 

through layers. Therefore, initial damages that 

occurred in the CFRP plates were in-plane fiber 

kinkings in inner 0° layers, however they did not 

affect the load drops. The occurrence of out-of-plane 

fiber kinking and the following damage propagation 

to the adjacent layers influenced on the load drops. 

Figure 6 shows that after the second load drop point 

at 10.7kN, damages were found to propagate 

through layers far from bearing region which bolt 

doesn’t contact directly. In other words, the fibre 

kinking in 0° layer was the main factor that triggered 

the damage growth. Therefore, overall damage onset 

and propagation could be suppressed if the micro-

buckling of the carbon fibres in 0° layer was 

somehow prevented.  

 

 
Fig.4 Typical initial damage behavior observed 

in the CFRP laminate. 

(In-plane fiber kinking.) 

 

 
Fig.5 Typical initial damage behavior observed 

in the CFRP laminate. 

(Out-of-plane fiber  kinking.) 

ICCM19 5875



 
Fig.6 Bearing damages in the CFRP laminate after the 

second load drop. 

 

3.3 Bearing damage behavior in the thin 

titanium-CFRP Fiber Metal Laminates 
The first load drop points of the FML specimens 

were higher than that of quasi-isotropic CFRP 

laminate. In particular, the FML type C specimen 

showed higher load compared to the other FML 

specimens. The first and second load drop points 

were shown in Table 2. In Table 2 the normalized 

load denotes the peak load at the drop point 

normalized by the areal density of the specimen. As 

for the first load drop point superiority of the FML 

specimen is apparent especially for the FML type C 

specimen. However, the normalized loads using 

areal density for the FML specimen were 

comparable or lower than that of the CFRP 

laminates. 

Figure 7 shows the bearing damages in the FML 

type A specimen around first load drop point. At 

6.0kN, micro-buckling of the carbon fiber in 0° layer 

(in-plane fiber kinking) occurred first as well as the 

quasi-isotropic CFRP laminate. After that, the out-

of-plane fiber kinkings occurred and they induced 

matrix shear cracks in adjacent layers at 7.0kN as 

shown in Fig.8. However, the load value of fiber 

kinkings and matrix cracks occurred in the FML 

type A specimen showed higher compared to the 

quasi-isotropic CFRP laminate. After the second 

load drop, at cross-sections near the bearing region 

for the FML type A specimen, the titanium films 

were found to prevent the matrix cracking to 

propagate into adjacent layer. This phenomenon was 

observed in initial stage for damage onset near the 

bolt (Fig.8), and also around the fibre kinking distant 

from the bolt with higher load as shown in Fig.9. 

Therefore, the titanium films inserted in CFRP 

laminates delayed damage onset in 0° layer and 

suppressed damage propagation into adjacent layers. 

As the result, overall damage showed low level 

compared to the quasi-isotropic CFRP laminate at 

the same value of tensile load. 

 
Table 2. Load drop points in Load-Displacement curves. 

(The peak load at the drop point normalized by the areal density and cross-section area of the specimen) 

  CFRP FML A FML B FML C FML D 

First load 

drop point 

Load [kN] 4.67 6.87 7.09 7.37 7.09 

Normalized load 

[kNcm
2
/g] 

13.3 14.9 15.4 16.0 13.6 

Bearing stress  

[MPa] 
216 289 302 314 285 

Second load 

drop point 

Load [kN] 4.67 6.87 7.09 7.37 7.09 

Normalized load 

[kNcm
2
/g] 

30.6 27.8 26.5 28.7 29.8 

Bearing stress  

[MPa] 
496 539 520 562 623 
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Fig.7 In-plane fiber kinking in the FML type A specimen.  

 

 
Fig.8 Out-of-plane fiber kinking in the FML type A 

specimen.  

 
 

Fig.9 The titanium film prevents the matrix cracking to 

propagate into adjacent layers. (FML type A.) 

 

Difference in bearing damage states in the FML 

specimens with different location of the titanium 

films were compared. For the FML type B specimen, 

the outer 0° layers were sandwiched by the titanium 

layers, and the damage growth induced by the fibre 

kinking was prevented, though damages induced by 

the out-of-plane fibre kinking in inner 0° layers were 

not suppressed (Fig.10). In contrast, one can see that 

overall damage for the FML type C specimen with 

the inner 0° layers sandwiched by the titanium films 

kept lower level especially at the first load drop 

point (Fig.11). It was observed that the titanium 

films prevented the fibre kinking-derived shear 

matrix cracking in internal region of the plate to 

propagate toward the surface. The titanium films 

which sandwiched all 0° layers in the FML type D 

specimen expected to suppress damage propagation 

from the 0° ply most among the four FML types of 

specimen, however this was found to be not the case 

as shown in Fig.12. Since the buckling in the 

titanium film itself possibly derives damages in 

CFRP plies, further evaluation for this matter should 

be required in order to achieve optimized hybrid 

stacking sequence. 
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Fig.10 Bearing damages in the FML type B specimen 

after the first and second load drop point.  

 

 
 

Fig.11 Bearing damages in the FML type C specimen 

after the first and second load drop point. 

 
 

Fig.12 Bearing damages in the FML type D specimen 

after the first and second load drop point. 

 

It should be noted that damages in the composite 

plies are dominant in the FML specimen because the 

titanium films showed only plastic deformation 

without shear cracking. In particular, this 

phenomenon is remarkable when comparing the 

damage state of the same load at 10000N (Fig.13). 

Therefore the load drops in the load–displacement 

curves may be correspond to the damage onset and 

growth in the composite plies. Hence, one can 

understand that  the normalized load at the second 

load drop were comparable between the CFRP and 

FML specimens since at that load level fibre kinking 

and matrix crashing occurred in every composite ply 

and plastic-deformed titanium films were not able to 

contribute to suppression of the damage in the 

composite plies and also the bearing load. On the 

other hand, initial damage onset and its growth were 

successfully suppressed by the titanium films as 

intended and resulted in the higher normalized load 

compared to the CFRP laminates as already shown 

in Table 2. 
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(a)Quasi-isotropic CFRP laminate. 

 

 
(b)FML type A specimen. 

 

 
(c)FML type B specimen. 

 

 
(d)FML type C specimen. 

 
(e)FML type D specimen. 

 
Fig.13 Damages in the FML specimens under tensile 

loading of 10000N. 

 

4 Conclusion 

This paper introduced the fibre-metal laminates 

using thin titanium films to the composite bolted 

joints to improve joint strength and bearing damage 

behavior. Tensile tests for bolted joints in quasi-

isotropic CFRP laminates [45/0/-45/90]2S 

demonstrated that the first failure mode was the in-

plane fibre kinking in 0° layers. And after that the 

out-of-plane fiber kinkings occurred and the matrix 

shear cracking in adjacent layers was induced by the 

kinking. As for the thin titanium films – CFRP 

hybrid laminates the matrix shear cracking was 

prevented from propagating into adjacent layers 

because of the titanium films. The overall damage 

level in the hybrid laminates was found to keep low 

when the titanium films sandwiched the inner 0° 

layers rather than outer. Stacking sequence which 

the titanium films sandwiched the inner 0° layers 

also resulted in damage onset in higher normalized 

load compared to the other FML specimens. 
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1 General Introduction 
 
In the last years, nanocomposites have been 
given a lot of attention due to their enhanced 
properties in a wide range of fields from 
mechanics to physics, from thermal to optical. 
In particular, great attention has been paid to 
polymer based nanocomposites in which the 
higher improvements can be reached with very 
low nanofiller contents, reducing the problems 
related to high volume fractions and costs [1]. 
In the field of structural materials, a smart 
application of nanotechnology is concerned 
with the production of composite laminates in 
which the polymer matrix is loaded with a 
nanofiller. Unluckily, the research performed to 
date, aimed at translating resin properties to the 
fiber reinforced composites, has met with 
changing fortunes. Quaresimin and Varley [2] 
reported ‘‘selective’’ improvements in 
toughness properties of carbon/clay-modified 
epoxy laminates due to the clay distributions: 
mode I toughness was slightly decreased while 
mode II slightly increased with respect to the 
values for neat epoxy laminates. Rice et al. [3] 
reported a 12% improvement in modulus for 
aerospace composite materials at 2 wt.% of 
organosilicate, without improvements in other 
mechanical properties.  
Quaresimin et al. [4] reported significant 
enhancements in the fracture toughness and 
crack propagation threshold of clay modified 
epoxy.  
On the other hand, the behaviour of clay-
modified laminates was almost comparable to 
that of the neat epoxy ones.  
With the aim to enhance the properties of such 
laminates, precise studies must be conducted  
 
 
 

 
 
 
on the binary material made up of the polymer 
matrix and the nanofiller, to comprehend 
exactly the interactions between the two 
phases, the damaging mechanisms and the 
material behaviour under different loading 
conditions.  
In this study, an epoxy resin matrix has been 
filled with a montmorillonite nanoclay, and the 
effects of nanomodification have been 
examined for Single Edge Notch Bending 
(SENB) specimens, in terms of fracture 
toughness under mixed mode loadings. 
After a brief description of the adopted 
materials and the production process, the 
testing methodology will be introduced and the 
experimental results, obtained on neat epoxy 
and on nanomodified resin, will be discussed. 
 
2 Materials and specimens preparation 
 
In this study, a DGEBA-based epoxy resin 
(EC157 with W152LR hardener) from 
ELANTAS-Camattini has been used as 
polymer matrix. In addition a montmorillonite 
clay, Cloisite 30B® from Southern Clay 
Products, has been used. 30B nanoclays are 
characterised by 1 nm thick lamellae, lateral 
dimensions from 70 to 150 nm, and average d-
spacing of about 18,5 Å. 
The specimens have been manufactured 
according to a four-step preparation process: 
1. dispersion of the filler within the resin;  
2. degassing and moulding of the obtained 

blend; 
3. milling and surface polishing; 
4. manual tapping and fatigue propagation 

up to a 10 mm long crack. 
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Initially, in order to get an as good as possible 
dispersion and distribution of the filler, 
nanoclays have been dispersed within the 
polymer resin through shear mixing followed 
by sonication. The shear mixing process has 
been carried out with a DISPERMAT TU shear 
blender from VMA-Getzmann, at an average 
rate of 2000 rpm for about 1 hr. The sonication 
process, instead, has been carried out using a 
HIELSCHER UP 200s Sonicator, set on 140W 
(70% of the maximum power) and a Duty 
Cycle of 50%, for 10 min.  
After sonication, the hardener has been 
added and the obtained blend has been 
mixed at low rate (1000 rpm) for further 5 
min. 

(a)

 

(b)

 

(c)

 

 
 
Figure 1. Degassing process of the 
nanomodified resin (5wt% of nanoclay). (a) 
Nanomodified resin at low pressure as just 
poured into the pot; (b) after 10 minutes; (c) 
after 25 minutes and (d) after 35 minutes. At 
the end of the process, the mixture is devoid of 
any bubble. 

As a major drawback of the shear mixing, a 
large amount of air was trapped in the matrix. 
Thus, in order to prevent void traps and 
bubbles in the specimens, a degassing process 
has been carried out. To this end, a low-
vacuum pump has been used to induce a very 
low pressure in the resin pot, promoting 
bubbles explosion. 1 hr of degassing process 
was enough to obtain a clear and translucent 
nanomodified resin (see figure 1), which was 
later slowly poured into silicone rubber 
moulds. 
In order to match the geometric 
recommendations by [5], once de-moulded, the 
specimens have been milled, to cut out the 
higher surface where inclusions and voids 
could have been present and polished up to the 
final thickness.  
Using a razor blade the specimens have been 
later pre-cracked by manual tapping. Finally, 
10 mm long cracks (half the specimen width, 
according to [5]) have been obtained from the 
artificial short cracks after some zero-to-
tension-stress fatigue cycles. 

 
3 Testing and experimental results 
 
All tests have been carried out by using a MTS 
858 servo-hydraulic machine, equipped with a 
2.5/25 kN load cell. 
 
3.1 Tensile tests 
Tensile tests on dog-bone specimens 
(dimensions: 2x15x110 mm) have been carried 
out to determine the failure stress, σR, the 

elastic modulus, E, and the Poisson ratio, , of 
the neat epoxy and nanomodified resin, by 
using a crosshead speed equal to 2 mm/min. A 
MTS 632.29F-30 extensometer has been used 
for accurate strain measurements. At least three 
specimens were tested for each material 
configuration. In all the performed tests failure 
took place in the centre of the specimen. 
The effect of the weight content of Cloisite 
30B® nano-additives upon the nanocomposite 
Young modulus and strenght is shown in 
Figure 2. It is noteworthy that the elastic 
properties of the nanomodified resin show a 
monotonic increment up to 7.6% for a nanoclay 
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content of 5% wt. Conversely, the 
nanocomposite strength is decreased from 70.6 
MPa (neat resin) to 52.6 MPa (3% wt 
nanoclay). 
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Figure 2. Results of tensile test on neat and 
nanomodified epoxy resin. 

 
 
3.2 Single Edge Notch Bending tests 
Pure mode I, pure mode II and mixed mode 
loadings tests have been carried out using a 
crosshead speed equal to 10 mm/min, as 
suggested in [5]. Single Edge Notch 
Bending (SENB) specimens have been used 
(see figure 3); at least three specimens for 
every loading condition and every filler 
fraction were tested.  

2.5 mm 

60° 

a=10 mm 

88 mm 

W
=

20
 m

m
 

B=10 mm 

 
 

 Figure 3. Single Edge Notch Bending (SENB) 
specimens used in the tests. Size in mm. 
 
 
During all the tests the material exhibited a 
pure linear elastic behavior, the force - 
displacement plots being linear up to the 
fracture load. The fracture load considered was 
the peak load of every specimen (see figure 4) 
The testing device consists of two steel plates, 
18 mm thick, one fixed on the load cell, the 
other attached to a vertical moving ram. One 
or two pin supports can be mounted on each 

plate, so that the specimen can be loaded on 
precise points. 
 
 
The pure Mode I loading tests have been 
carried out using the three point bending 
configuration shown in Fig. 5a. 
Accordingly, along the crack plane the 
bending moment is the maximum while the 
shear force is equals to zero, so that KII = 
KII/KI = 0. The pure mode II loading tests 
have been carried out using a four point 
bending configuration with span lengths L1 
= L4 = 30 mm and L2 = L3 = 40 mm (see 
figure 5d and 6b). This resulted in a skew-
symmetric loading configuration, according 
to which the bending moment vanished 
along the crack plane, so that KII/KI = ∞. 
Besides mode I and mode II, the following 
fracture tests have been carried out: 
1. Fracture tests under prevalent mode I 

loading conditions, =KII/KI 0.3. These 
tests have been carried out using the Non-
Symmetric three Point Bending (NS3PB) 
configuration sketched in Fig. 6a and 
depicted in figure 5b; 

2. Fracture tests under prevalent mode II 
loading conditions, =KII/KI  1.35. These 
tests have been carried out using the non-
symmetric four point bending (NS4PB) 
configuration sketched in Fig. 6b and 
depicted in figure 5c. 

A summary of load parameters is shown in 
table 1. 
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Figure 4. Force-displacement diagrams for neat 
epoxy and nanomodified specimens under 
mode I 
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Figure 5. Loading configurations for pure mode 
I tests (a), non-Symmetric three Point Bending 
(NS3PB) tests with =0.3 (b), non-Symmetric 
four Point Bending (NS4PB) tests with =1.35 
(c), non-Symmetric four Point Bending 
(NS4PB) for pure mode II tests (d). 
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   (b) 

Figure 6. Schematic of the non-Symmetric 
three Point Bending (NS3PB) (a) and of the 
non-Symmetric four Point Bending (NS4PB) 
(b) loading configurations. 
 
 

KII/ KI

L1 

[mm] 

L2 

[mm] 

L3 

[mm] 

L4 

[mm] 

0.3 30 / 40 10 

1.35 10 20 30 10 

  30 40 40 30 

 
Table 1. Details of loading conditions for 
mixed mode tests. 
 
The experimental results obtained in this work 
are summarised in Figure 7. It is evident that 
nanomodification results in a higher fracture 
toughness, independently of the loading mode. 
 
Moreover, based on the obtained results, the 
following relevant conclusions  can be drawn:  
 the highest fracture toughness improvements 

can be obtained under pure Mode I loading 
condition, with a maximum increment of 
48.7% for 1% wt. content of nanofiller; 

(a) 

(b) 

(c) 

(d) 
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 the lower fracture toughness has been 
obtained for Mode II loading condition, with 
a maximum improvement of 22.5% for 3% 
wt. content of nanofiller; 

 the mixed mode loading conditions KII/KI = 
0.3 and 1.35 provides result similar to those 
of the pure mode I loading conditions,  with 
a maximum improvement in terms of mode I 
and II fracture toughness, KIC and KIIC, for 
1% wt. content of nanofiller. 
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Figure 7. Fracture toughness of neat and 
nanomodified specimens under various loading 
conditions. 

 
Some pictures of fractured specimens are 
shown in figure 8.  As it can be seen, Mode I 
loaded specimens fractured all along the initial 

crack plane (. Differently, the presence of 
mode II loadings gives rise to a crack tilting: 
for specimens under mixed mode loadings, 
KII/KI = 0.33, the fracture took place at an 
angle θ= 36-38° with respect to the crack line, 
while for Mode II loaded specimens the crack 
tilted at about 63-65 degrees.  
Finally, the values of fracture toughness 
obtained in the present work were compared to 
different mixed mode fracture criteria: MTS 
[6], S-criterion [7], Richard's criterion [8]. 
Figure 9-12 show a comparison between the 
experimental results and different fracture 
criteria.  

0°

 
(a) 

38°

 
(b) 

45°

 
(c) 

65°
65°

 
(d) 

Figure 8. Fracture angles for (a) Mode I, (b) 
mixed mode KII/KI=0.30, (c) mixed mode 
KII/KI=1.35 and (d) Mode II loading 
conditions. 
 
It is evident that, for the pure epoxy (figure 9), 
the S-criterion exhibits the best agreement with 
the experimental data. This is not true for 
nanomodified specimens, for which the 
difference between the predictions of S-
criterion and the experimental results are 
higher, especially under pure mode II loading.  
Under mixed mode loadings the best agreement 
with the experimental data can be achieved by 
using, equivalently, Richard's criterion [8]. 
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Figure 9. Comparison between predicted 
fracture toughness values and experimental 
results. Cracked specimens made of neat 
epoxy. 
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Figure 10. Comparison between predicted 
fracture toughness values and experimental 
results. Cracked specimens made of epoxy 
resin filled with 1% wt of nanoclays. 
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Figure 11. Comparison between predicted 
fracture toughness values and experimental 
results. Cracked specimens made of epoxy 
resin filled with 3% wt of nanoclays. 
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Figure 12. Comparison between predicted 
fracture toughness values and experimental 
results. Cracked specimens made of epoxy 
resin filled with 5% wt of nanoclays. 

 
 

It is further evident that, in some cases, fracture 
toughness of nanocomposites does not comply 
with the LEFM based mixed mode fracture 
criteria. This can be due to the fact that the 
classical mixed mode fracture criteria do not 
take into account some extra fracture 
mechanisms which might arise in 
nanocomposites and which require an “ad hoc” 
insightful investigation. 
In order to better understand the mechanical 
behaviour of the nanocomposite systems at 
different loading conditions, a morphological 
analysis of the fracture surfaces was carried out 
by means of a Quanta400 scanning electron 
microscope produced by FEI.  
The fracture surfaces of the neat epoxy, taken 
from a region close to the initial crack front, are 
shown in Figure 13, where the arrows indicate 
the direction of crack propagation. It is evident 
that,  except for some river line markings near 
the crack initiation site, the fracture surfaces 
appeared to be very smooth, independently of 
the investigated loading condition. Such a 
morphology is typical of brittle polymers.  
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Figure 13. SEM micrographs of fracture 
surfaces for neat epoxy. Pure Mode I (a), 
=0.30 (b), =1.35 (c), pure Mode II (d). 

 
 
 
 

 

4 Conclusion  
 
In the present work the effects of nanoclay 
addition on fracture behaviour of an epoxy 
resin under mixed mode (I plus II) loadings 
have been studied by analysing the results from 
Single Edge Notch Bending (SENB) tests. The 
results allow to conclude that, for weight 
contents lower than 5wt%, nanomodification 
significantly enhances the fracture toughness of 
the epoxy resin upon the entire range of mixed 
mode loadings, the improvements being 
dependent on the mode mixity ratio.  
Experimental results have been later compared 
to the theoretical predictions based on different, 
well acknowledged, mixed mode fracture 
criteria. The results from specimens made of 
pure epoxy are well predicted, almost 
independently of the approach used for the 
synthesis. Conversely, as far as the results from 
specimens made of nanomodified polymer are 
concerned, the agreement with theoretical 
predictions is much poorer. This can be thought 
of as linked to the emergence, due to 
nanomodification, of different damaging 
mechanisms, depending also on the mode 
mixity. 
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1 Introduction  
Rotorcrafts employ flexbeams in bearingless rotors 
inherently introducing virtual hinges and bearings 
respectively for the flap, lead-lag, and pitch motions 
of the blades [1]. Laminates, in general, and 
laminated flexbeams, in particular, are prone to 
defects such as matrix cracking, strength and 
stiffness degradation due to aging/corrosion, and 
edge delamination [2-4]. Delamination in a 
composite structure may occur either during the 
manufacturing process or due to fatigue load during 
the service period of the structure.  Delaminations 
may not be visible or barely visible to external 
inspection when embedded within the composite 
structures. However, delamination reduces the 
stiffness of the structure and hence it affects the 
load-carrying ability and natural frequencies of the 
structure [3]. Structural health monitoring of a 
composite flexbeam becomes necessary to evaluate 
the integrity and operational limits of the structure in 
the presence of delamination, as failures of flexbeam 
often have tragic consequences [1,3]. 
There are two methodologies for modeling a rotating 
cantilever beam: one uses classical Cartesian 
approach; and the other uses mixed or hybrid bases, 
(a non-Cartesian arc length basis and two Cartesian 
bases along the cross-sectional dimensions of the 
beam) [4]. The mixed or hybrid basis introduced by 
Kane et al. [5] for modeling the general beam is 
prominently used by recent researchers [6-8]. The 
advantages of employing the mixed bases system are 
that the effect of centrifugal stiffening, Coriolis 
forces etc. are accounted for in the derivation itself 
rather than by adding just the terms of interest to 
equations derived for the beam with an inertially 
fixed support [5]. 
Many delamination models are mentioned in the 
literature [9].  Most of the delamination models for 
beams, mentioned in the literature, are for beams 
with through-width delamination; exceptions, which 
address the issue of beams with partial delamination 
in the width-wise direction, are restricted to cross-
sectional analysis [10-12]. A novel partial 

delamination model for composite laminated beam 
is developed in the present work and implemented 
on a rotating flexbeam. 
Modal parameters of the rotating cantilever beam are 
typically obtained either using assumed modes 
method / Rayleigh-Ritz method [4,5,7,8] or by finite 
element method [6,13]. The finite element method is 
more amenable for parametric study in the presence 
of delamination and for obtaining time response of 
the beam for transient analysis. 
There is a plethora of methods available for damage 
detection, using vibration-based techniques. Most of 
these methods are reviewed in the article by Fan and 
Qiao [14]. The presence of delamination reduces the 
local stiffness of the structure, and hence there will 
be a change in the modal parameters of the structure. 
Therefore, the essence of model-based delamination 
detection is to capture and amplify the changes in 
modal parameters of the structure using suitable 
quantification methods. Katz fractal dimension 
[15,16] is one such method, which is used in the 
present article to characterize the changes in the 
mode shape of a composite rotating flexbeam in the 
presence of delamination.  
Many models available in the literature for rotating 
composite cantilever beam often do not include the 
torsional degree of freedom. Exceptions include 
works of Hodges [17] and co-workers, who treat 
beams as 1-D structures with arbitrary loading, 
including torsion. The present article includes the 
following contributions: a) Rotating composite beam 
with flap-wise flexure, pitch-wise torsion and stretch 
degrees of freedom; b) Modeling of partial 
delamination in the width-wise direction of the 
beam; c) Effect of angular speed on the natural 
frequencies of delaminated beam; and d) Fractal 
dimension method for delamination detection. 

2 Strain energy and kinetic energy 

2.1 Assumptions  

Following assumptions are made for the 
displacement-based formulation of the beam. 
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1. The plane section normal to the centerline of the 
beam remains plane after deformation [18]. 
2. Through-the-thickness deformation and stresses 
are negligible [19]. 
3. Beam bending is predominantly in the flapping 
plane as shown in Fig. 1. In other words, lead-lag 
bending is ignored. 
4. The warping of the cross-section of the beam is 
ignored. 

2.2 System description and system variables 

Rotating flexbeam is as shown in Fig. 1. The system 
consists of a rigid rotating hub referred as A, on 
which a flexbeam is mounted. The motion of 
reference frame A is known with respect to another 
inertial reference frame N.  A Cartesian coordinate 
system associated with reference frame A is centered 
at the rotating hub, having unit orthogonal triads 

 
a1, 
a2 , a3 . The angular velocity of the hub with 

respect to the inertial reference frame is denoted by 
 
ω A . Deformed beam is depicted using solid lines 

and undeformed beam is depicted using dotted lines. 
The fixed end of the reference curve is denoted by 
point O. Displacement of a reference point P* in the 
undeformed state of the beam to P in the deformed 
state of the beam is denoted by vector  

u , but a non-
Cartesian variable s  is used to denote axial stretch 
of the beam. Cartesian variable u3  is used to denote 
flap-wise bending deformation. According to H. H. 
Yoo et al. [20], the relation between stretch s  and 
the Cartesian variables is given by 

s = u1 +
1
2

∂u2
∂ξ

⎛
⎝⎜

⎞
⎠⎟

2

+ ∂u3
∂ξ

⎛
⎝⎜

⎞
⎠⎟

2⎡

⎣
⎢
⎢

⎤

⎦
⎥
⎥0

X

∫ dξ + (H .O.T .)

s ≈ u1 + hv + hw

  (1) 

 
where H.O.T. refers to higher order terms, 

hv =
1
2

∂u2
∂ξ

⎛
⎝⎜

⎞
⎠⎟0

X

∫
2

dξ , hw =
1
2

∂u3
∂ξ

⎛
⎝⎜

⎞
⎠⎟0

X

∫
2

dξ and ξ is a 

dummy variable. Similarly, the velocity of the 
reference point P with respect to the inertial 
reference is given by 

 
vP = vA + ω A × ((a + x)a1 +

u)+ A vP    (2) 

where  
vA  is the inertial velocity of point O and  A

vP  
is the relative velocity of P in frame A obtained by 
taking the time derivative of  

u  in frame A. Taking 
the time derivative of Eq. 1 and rearranging the 
terms, 

 

u1 = s −
∂u2
∂ξ

∂ u2
∂ξ

+ ∂u3
∂ξ

∂ u3
∂ξ

⎡

⎣
⎢

⎤

⎦
⎥

0

X

∫ dξ + (H .O.T .)

u1 ≈ s − hv − hw

 (3) 

2.3 Displacement fields 

Adopting the displacement field assumed in [7] and 
accounting for the displacement of material points of 
the cross-section due to torsion as well, the 
following expressions are obtained: 

 
Fig. 1: Rotating beam 

 
s(X,Z,t) = 0 s(X,t)+ Z  θ (X,t)
u2 (X,Z,t) = −Z  ψ (X,t)
u3(X,Y ,t) = 0u3(X,t)+Y  ψ (X,t)

  (4) 

Here, X,  Y ,  and Z are the coordinates along the unit 
vectors  

a1, 
a2 , and a3 respectively; the transverse 

displacement of any material point initially located 
on the undeformed mid-plane is denoted by 0u3 ; 0 s  
is the axial stretch of the mid-plane; θ  is the 
rotation of the cross-section about the Y − axis, and 
ψ  is the rotation of cross-section about the 
X − axis.  Independent spatial variables are 
X,  Y ,  and Z,  while t  is the temporal variable. 

2.4 Displacement field in the delaminated region 

 
Fig. 2: Delaminated beam cross-section 
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3  

DELAMINATION DETECTION IN ROTORCRAFT FLEXBEAMS 
USING FRACTAL DIMENSIONS 

  

The partially delaminated beam cross-section is 
shown in Fig. 2. The delaminated beam cross-
section is partitioned into six regions as depicted in 
Fig. 2. This particular configuration of delamination 
and partitioning of the cross-section of the beam are 
ideal to simulate most of the delamination cases 
arising in beam-like structures, through 
straightforward specialization and/or extrapolation 
of the analytical model being developed herein.  
Consider the interface of the healthy beam segment 
and the delaminated beam segment in the 
longitudinal direction. The following conditions 
have to be met: 

1. Generalized displacement continuity: 
displacement function u3(X,t)  and rotations 
ψ (x,t) and θ (X,t)  will have to remain 
continuous, as u3  or θ  can only be 
discontinuous when there is a cut or kink, 
respectively, at the section and the two sections 
slide relative to each other in the Y − Z plane. 

2. Displacement s(X,Z,t)  will be continuous at the 
interface. 

3. Vectorial sum of the generalized forces should be 
zero, to satisfy equilibrium at the interface. 

The axial stiffness of a stack of laminae is the sum 
of the axial stiffnesses of the individual laminae, and 
remains same irrespective of laminae being bonded 
together or not. On the other hand, the bending 
stiffness of the stack of laminae depends on how 
well the laminae are bonded together. Hence, in the 
delaminated composite beam, reduction in the 
bending stiffness of the beam occurs due to 
delamination, but the axial stiffness remains 
unchanged. To sum up, the axial stiffness of the 
cross-section is the sum of the axial stiffnesses of all 
the six subsections shown in Fig. 2. The bending 
stiffness of the beam is the sum of the bending 
stiffnesses of the six subsections evaluated about 
their respective midplanes, plus the contribution of 
the axial stiffnesses of the sections along with a 
modification factor, the need for which is explained 
below. The contribution of the axial stiffnesses of 
the subsections towards the bending stiffness of the 
beam is due to the eccentricity of the midplanes, or 
more generally the neutral axes of the subsections of 
the beam with respect to the neutral axis of the 
beam. The modification factor associated with axial 
stiffness is to compensate for the reduction in the 
bending stiffness due to delamination. 
The axial displacement function, s of the 
delaminated cross-section in the region 

xd > X < xd + ld of the beam is piecewise continuous, 
and is given by Eq. 5. 

s =

0 s(X,t)+ Zθ region 1 and 6

0 s + Zl
aθ mdfϕ(Y2 )⎡⎣ ⎤⎦ + Z2θ region 2

0 s − Zl
bθ mdfϕ(Y3)⎡⎣ ⎤⎦ + Z3θ region 3

0 s + Zr
aθ mdfϕ(Y4 )⎡⎣ ⎤⎦ + Z4θ region 4

0 s − Zr
bθ mdfϕ(Y5 )⎡⎣ ⎤⎦ + Z5θ region 5

⎧

⎨

⎪
⎪
⎪
⎪

⎩

⎪
⎪
⎪
⎪

⎫

⎬

⎪
⎪
⎪
⎪

⎭

⎪
⎪
⎪
⎪

 (5) 

The factor mdfϕ(Y )  is a function, which specifies 
the amplification of the displacement in the 
delaminated region (due to the delamination), or 
equivalently the reduction in stiffness contribution 
of the delaminated region (due to the delamination). 
The function is introduced based on the following 
reasoning: Consider the case of total delamination in 
the widthwise direction of the beam. The following 
points are known/observed, either from the 
mechanics or from the literature on delamination 
studies: 

1. The reduction in the bending stiffness of the 
laminate is a function of delamination length, 
manifesting in experiments as a reduction in the 
bending natural frequencies, as the delamination 
length increases for a given length of the beam. 

2. When we have two beams placed one above 
another without bonding (total delamination in 
the widthwise direction as well as lengthwise 
direction of the beam), the bending stiffness of 
the combined beam is the sum of the bending-
stiffnesses of the individual beams about their 
respective neutral axes. 

3. The reduction in the bending stiffness of the 
laminated beam is also a function of the 
delamination location in the thickness direction 
of the beam. 

Based on the above points, the modification function 
for the present study is assumed to be composed of 
two functions: one denoted as mdf  is a modification 
factor, and the other ϕ(Y ), which defines how 
displacement, and hence stress, varies at the junction 
of the delaminated section with the healthy section 
in the beam cross-section. The modification factor 
mdf  accounts for finiteness of the delamination 
length and width in the beam. For the present 
studies, ϕ(Y )  is assumed to be the unit step 
function, and the generic form of delamination 
factor is mdf = 1− f (ldr )* f (wdr ) , where f (ldr )  is a 
function of longitudinal delamination ratio 
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ldr =
Ld
L ,  and f (wdr )  is a function of width 

delamination ratio wdr =
Bd
B  where, in turn, Bd  

is the breadth of the edge or internal 
delamination. In the present study, the modification 
factor is assumed to be mdf = 1− ldr *(1−wdr )

2 . 

2.5 Strains and curvatures 

The non-zero strains in the beam are the axial 
normal and transverse shear strains. The axial strain 
is 

ε xx =
∂s
∂X

= ∂u1
∂X

⎛
⎝⎜

⎞
⎠⎟ +

1
2

∂u2
∂X

⎛
⎝⎜

⎞
⎠⎟
2

+ 1
2

∂u3
∂X

⎛
⎝⎜

⎞
⎠⎟
2

+ (H .O.T .).

 
This shows that the axial differentiation of the 
approximate  is equivalent to the well-known Von 
Karman strain measure for beams, ∂s ∂X  represents 

the stretching strain of the beam, and Eq. (1) 
provides a simple way of determiningu1 when the 
numerical values of s,  u2 ,  and u3  are known. 
Shear strains are 

γ xz =
∂u3
∂X

+θ = ∂ 0u3
∂X

+Y ∂ψ
∂X

+θ

and

γ xy = −Z ∂ψ
∂X
.

 

Mid-plane strains and curvatures are  

ε xx
0 = ∂s0

∂X
, κ x =

∂θ
∂X

, and κ xy =
∂ψ
∂X

. 

2.6 Strain energy, potential energy and kinetic 
energy 

Employing the assumptions of classical laminated 
plate theory (CLPT), the stresses in the lamina [19] 
are given by 

σ x

σ y

τ xy

⎧

⎨
⎪⎪

⎩
⎪
⎪

⎫

⎬
⎪⎪

⎭
⎪
⎪

=
Q11 Q12 Q16
Q12 Q22 Q26

Q16 Q26 Q66

⎡

⎣

⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥

ε x
ε y
γ xy

⎧

⎨
⎪⎪

⎩
⎪
⎪

⎫

⎬
⎪⎪

⎭
⎪
⎪

 

where Qij ’s are transformed lamina stiffness 
coefficients [19]. 
For bending of beams predominantly in  

a1 −
a3

plane, resulting from the applied force and moment 
in  
a1 −
a3 plane, the normal stress σ y is equal to zero, 

while the strain ε y  may not be zero due to Poisson’s 
effect [21]. 

Thus, stresses in a lamina of the beam are 

 

σ x

τ xy

⎧
⎨
⎪

⎩⎪

⎫
⎬
⎪

⎭⎪
=

Q11 Q16
Q16 Q66

⎡

⎣
⎢
⎢

⎤

⎦
⎥
⎥

ε x
γ xy

⎧
⎨
⎪

⎩⎪

⎫
⎬
⎪

⎭⎪
 

where, 

 
Q11 =Q11 − (Q12 )

2 /Q22 ,  
Q16 =Q16 − (Q12 *Q26 ) /Q22 , 

and  
Q66 =Q66 − (Q26 )

2 /Q22 .  In CLPT, the laminae 
are assumed to be in a state of plane stress and hence 
the shear stress in  

a1 −
a3 plane is not considered, but 

in the case of Timoshenko beam theory, we do have 
non-zero shear stress in the thickness direction. 
Fortunately, for orthotropic laminae, with the 
thickness direction being transverse to the fibers, the 
shear-extension coupling coefficients are not present 
and hence shear stress in the  

a1 −
a3  plane is given 

by τ xz =Q55γ xz . 
Torsion induces shear stress τ xy  and τ xz  in the 

beam. The expressions for shear stresses τ xy  and τ xz

can be obtained using membrane analogy, as 
discussed by Swanson [22]. Contribution of torsion-
induced shear stress τ xz  towards the total potential 
of the beam is negligible, for rectangular strips and 
hence can be neglected [22]. Presence of 
delamination in the beam will shift the shear center 
of the beam cross-section in the delaminated length 
segment of the beam; the shift in the shear center of 
the delaminated beam segment can be obtained by 
following the formulation similar to that for thin-
walled beam cross-sections as followed by other 
researchers [23-25]. The cross-sectional torsional 
stiffness of the delaminated beam segment can be 
determined following the procedures of [24, 25]. 
The strain energy in the beam is given by 

V = 1
2

σ{ }T ε{ }
−h

h

∫
−B/2

B/2

∫
0

L

∫ dZdYdX  

V =

1
2

ε{ }T D[ ] ε{ }dX + 1
2

ε{ }T D[ ]d ε{ }dX
Xd

Xd+ld

∫
0

Xd

∫
1
2

ε{ }T D[ ] ε{ }dX
Xd+ld

L

∫
where, 

σ{ } =
σ x

τ xy

τ xz

⎧

⎨
⎪⎪

⎩
⎪
⎪

⎫

⎬
⎪⎪

⎭
⎪
⎪

; ε{ } =
ε xx
γ xy

γ xz

⎧

⎨
⎪⎪

⎩
⎪
⎪

⎫

⎬
⎪⎪

⎭
⎪
⎪

; ε{ } =

ε xx
0

γ xz

κ x

κ xy

⎧

⎨

⎪
⎪

⎩

⎪
⎪

⎫

⎬

⎪
⎪

⎭

⎪
⎪

, 
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5  

DELAMINATION DETECTION IN ROTORCRAFT FLEXBEAMS 
USING FRACTAL DIMENSIONS 

  

D[ ] =

A11 0 B11 B16
0 A55 0 0
B11 0 D11 D16
B16 0 D16 D66

⎡

⎣

⎢
⎢
⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥
⎥
⎥

 

 

D[ ]d =

Ad
11 0 Bd

11 Bd
16

0 Ad
55 0 0

Bd
11 0 Dd

11 Dd
16

Bd
16 0 Dd

16 Dd
66

⎡

⎣

⎢
⎢
⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥
⎥
⎥

A11 = B Q11 dZ       
−h

h

∫ A55 = Bks Q55 dZ       
−h

h

∫

B11 = B Q11Z dZ       
−h

h

∫ B16 = B Q16Z dZ       
−h

h

∫

D11 = B Q11Z
2 dZ       

−h

h

∫ D16 = B Q16Z
2 dZ       

−h

h

∫

D66 = 4B Q66Z
2 dZ.

−h

h

∫

 

Here, ks is the shear correction factor. The 
delaminated cross-sectional stiffness coefficients 
populating [D]d  are given in the appendix. 
The potential energy due to centrifugal force acting 
on the beam is given by [26], 

 
W = ρ ω A . ω A( )(a +ζ )(ds − dζ )dZ dY

−h

h

∫
−B/2

B/2

∫
X

L

∫
⎧
⎨
⎪

⎩⎪

⎫
⎬
⎪

⎭⎪0

L

∫ dX

 
where, ζ is a dummy variable in place of X,  and 

ds − dζ = {dζ 2 + ( ∂u3∂ζ dζ )
2}

1
2 − dζ ,  which can be 

approximated to 
1
2

∂u3
∂ζ

⎛
⎝⎜

⎞
⎠⎟

2

dζ , using binomial 

expansion. 
Kinetic energy of the laminated composite beam is 

 
T = 1

2
ρ

−h

h

∫
−B/2

B/2

∫
0

L

∫ v p .v p( )dZdYdX  

where ρ is the density of the equivalent 
homogenized material constituting the  local lamina. 
Assuming all the laminae to be made of the same 
composite, albeit with different orientations in 
general,  

 

T = ρBh ( s0 )2 + ( w0 )2 + 1
12

(B2 + h2 ) ψ 2 + h2 θ 2⎡⎣ ⎤⎦
⎧
⎨
⎩

⎫
⎬
⎭0

L

∫ dx
⎧
⎨
⎪

⎩⎪

      + ( hw )2 − 2 hw s0 +

ω Ah2

12
(ψ θ −θ ψ )⎡

⎣
⎢

⎤

⎦
⎥

0

L

∫ dx

      + ( ω A )2h2

12
(ψ 2 +θ 2 )+ ( ω A )2 (a + x − hw − s0 )2⎡

⎣
⎢

⎤

⎦
⎥

0

L

∫ dx
⎫
⎬
⎪

⎭⎪
.

 

3 Finite element model 

The finite element model for the composite beam 
consists of two-noded elements with four degrees of 
freedom (DoFs) per node. The DoFs at each node 
are: stretch s , transverse displacement u3 , bending 
rotation θ ,  and twisting rotation ψ .  C0 continuous 
shape functions are considered for the axial 
displacement and the twist. Shape functions for 
transverse displacement and bending rotation are 
obtained from the Timoshenko functions (C1-type). 
C1-type shape functions for Timoshenko beam 
element are prone to shear locking phenomenon, but 
by using Timoshenko functions, the phenomenon of 
shear locking can be avoided [27]. The nonlinear 
and small parameters contributing to the kinetic 
energy and work potential are discarded to linearize 
the equations. Coriolis effect on the beam is also 
neglected while solving for the eigenvalues. 

 
Fig. 3: Finite element discretization 

 
Finite element discretization of the beam is shown in 
Fig. 3. Ke,  mentioned in Fig. 3, denotes the healthy 
composite beam element stiffness matrix, M e  
stands for the mass matrix of the composite beam 
element, and Kd

e  denotes the delaminated beam 
element stiffness matrix. The mass matrix of the 
delaminated segment of the beam is considered to be 
the same as that of the healthy segment of the beam, 
as there will be hardly any loss of material or any 
significant changes in the cross-section due to 
delamination. 
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3.1 Shape functions 

Shape functions for stretch, bending, and twist of the 
composite laminated beam are given below by Eqs. 
6-8, where x  is the local co-ordinate system and le  
is the element length. The shape functions for stretch 
and twisting rotation are 

N1 = 1− x
le

 and N2 =
x
le

    (6) 

where le  is the length of the element under 
consideration. 
The shape function for the transverse displacements, 
based on the Timoshenko displacement functions 
[27] or equivalently from the interdependent 
interpolation element of Reddy [18], are given by  

N1
b = 1+ 2µe

le
3 x3 − 3µe

le
2 x2 + µe −1

le

⎛
⎝⎜

⎞
⎠⎟
x

N2
b = µe

le
2 x

3 − (3µe +1)
2le

x2 + µe +1
2

⎛
⎝⎜

⎞
⎠⎟ x

N3
b = − 2µe

le
3 x3 + 3µe

le
2 x2 + 1− µe

le

⎛
⎝⎜

⎞
⎠⎟
x

and

N4
b = µe

le
2 x

3 + (1− 3µe )
le

x2 + µe −1
2

⎛
⎝⎜

⎞
⎠⎟ x.

  (7) 

The shape functions for the bending slope, based 
once again on the Timoshenko displacement 
functions [27] or equivalently from the 
interdependent interpolation element of Reddy [18], 
are 

N1
s = − 6µe

le
2

x2

le
− x

⎛
⎝⎜

⎞
⎠⎟

N2
s = −1− 3µe

le
2 x2 + 3µe +1

le

⎛
⎝⎜

⎞
⎠⎟
x

N3
s = 6µe

le
3 x2 − 6µe

le
2 x

and

N4
s = − 3µe

le
2 x2 − 1− 3µe

le

⎛
⎝⎜

⎞
⎠⎟
x.

   (8) 

Here, 

µe =
1

1+12λe

 and λe =
D11
A55L

2 . The displacements 

for the composite beam element in the form of nodal 
displacements are now given by 

s(x)
u3(x)
θ(x)
ψ (x)

⎧

⎨

⎪
⎪

⎩

⎪
⎪

⎫

⎬

⎪
⎪

⎭

⎪
⎪

=

N1 0 0 0 N2 0 0 0
0 N1

b N2
b 0 0 N3

b N4
b 0

0 N1
s N2

s 0 0 N3
s N4

s 0
0 0 0 N1 0 0 0 N2

⎡

⎣

⎢
⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥
⎥

s1
w1
θ1
ψ 1

s2
w2
θ2
ψ 2

⎧

⎨

⎪
⎪
⎪
⎪
⎪⎪

⎩

⎪
⎪
⎪
⎪
⎪
⎪

⎫

⎬

⎪
⎪
⎪
⎪
⎪⎪

⎭

⎪
⎪
⎪
⎪
⎪
⎪

The above equation can be represented in compact 
form as  { q} = [N ]{qe},  where [N ]  is the shape 
function matrix, and {qe}  is the nodal displacement 
vector. 

3.2 Stiffness matrix and mass matrix 

Stiffness matrix of the beam element is composed of 
cross-sectional stiffnesses in extension, torsion, 
transverse shear, and bending; includes the rotational 
motion-induced stiffnesses; and is given by 

 

Ke = [B1]T [D][B1]+ ω A . ω A( )[B2 ][S2 ][B2 ]{ }  
0

le

∫ dx

+
ω A . ω A( )[N ]T [S1][N ] dx

0

le

∫
 

where  

S1 =

ρBh 0 0 0
0 0 0 0

0 0 1
12

ρBh3 0

0 0 0 1
12

ρBh3

⎡

⎣

⎢
⎢
⎢
⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥
⎥
⎥
⎥

 

S2 =

0 0 0 0
0 S2 (2,2) 0 0
0 0 0 0
0 0 0 S2 (4,4)

⎡

⎣

⎢
⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥
⎥

 

 

S2 (2,2) = ρA( ω A . ω A ) 1
2
L2 − xn + x( )2( ) + a L − (xn + x)( )⎡

⎣⎢
⎤
⎦⎥

S2 (4,4) = ρI2 (
ω A . ω A ) 1

2
L2 − xn + x( )2( ) + a L − (xn + x)( )⎡

⎣⎢
⎤
⎦⎥
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B1 =

∂N1

∂x
0 0 0 ∂N2

∂x
0 0 0

0 ∂N1
b

∂x
+ N1

s ∂N2
b

∂x
+ N2

s 0 0 ∂N3
b
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s ∂N4
b

∂x
+ N4

s 0

0 ∂N1
s

∂x
∂N2

s
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0 0 ∂N3

s
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∂N4

s
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0

0 0 0 ∂N1
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⎢
⎢
⎢
⎢
⎢
⎢
⎢
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⎥
⎥
⎥
⎥
⎥
⎥
⎥
⎥
⎥

B2 =

∂N1

∂x
0 0 0 ∂N2

∂x
0 0 0

0 ∂N1
b

∂x
∂N2

b

∂x
0 0 ∂N3

b

∂x
∂N4

b

∂x
0

0 ∂N1
s

∂x
∂N2

s

∂x
0 0 ∂N3

s

∂x
∂N4

s

∂x
0

0 0 0 ∂N1

∂x
0 0 0 ∂N2

∂x

⎡

⎣

⎢
⎢
⎢
⎢
⎢
⎢
⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥
⎥
⎥
⎥
⎥
⎥
⎥

.

 

Mass matrix of the beam element is given by 

M e = [N ]T [m][N ]dx
0

le

∫  

where, 

m =

ρBh 0 0 0
0 ρBh 0 0

0 0 1
12

ρBh3 0

0 0 0 1
12

ρBh(B2 + h2 )

⎡

⎣

⎢
⎢
⎢
⎢
⎢
⎢
⎢
⎢

⎤

⎦

⎥
⎥
⎥
⎥
⎥
⎥
⎥
⎥

.  

Shear correction factor ks  is only for the stiffness 
terms. Hence, the corresponding terms in the shape 
functions for the mass matrix calculations, have to 
be ignored. Therefore, µe = 1  is used in the shape 
functions while obtaining mass matrix of the 
elements. 

4 Three dimensional finite element model 

Beam geometry and material properties considered 
in the simulation are as follows: a 127mm long, 
12.7mm broad, and 10.16mm thick graphite/epoxy 
laminate with the stacking sequence of [0/90]2s.  The 
beam is mounted on a rotating hub, and the radius of 
the hub is considered to be 254mm. 
A three-dimensional finite element model of the 
rotating flex beam is simulated in COMSOL 4.2a. 
The beam is meshed with 40,000 hexahedral 
elements. Delaminations in the beam are simulated 
using thin elastic layers [28]. Assigning fictitious 
forces (centrifugal and Coriolis forces) as body 
forces to the beam simulates the effect of angular 
frequency on the rotating beam. Fictitious body 
forces are applied in terms of a parameter: the 

angular speed. Hence, a parametric study of 
variations in the natural frequencies of the 
delaminated beam with varying angular speed can be 
performed. The healthy beam as well as the 
delaminated beams are simulated for different 
angular speeds. The range of angular speeds 
considered is 0-4,500 revolutions per minute 
(roughly 0-471.2 radians per second). 

5 Full-width delamination results 

Results are obtained for the first bending and the 
first torsional modes of a healthy beam at zero 
angular speed and listed in Table 1. For comparison, 
the table also lists the results of 3-D COMSOL FE 
simulation and the experimental results available in 
the literature [29].  
 FEM 

(Hz) 
COMSOL 
(Hz) 

Experimental 
(Hz) [29] 

First bending 
mode 

81.36 81.46 79.88, 79.75, 
79.88 

First 
torsional 
mode 

577.13 602.42 Not available 
 

Table 1: Healthy non-rotating beam natural 
frequencies 

The torsional frequency obtained using the present 
formulation is lower compared to that obtained using 
the COMSOL simulation; this may be due to the 
neglect of warping in the formulation, which could 
be large for the non-circular cross-section under 
consideration. 
Through-width delamination at the interface of the 
fourth and fifth lamina, and two different 
delamination lengths of 50.8mm and 76.2mm, 
symmetrically located across the center of the beam 
are considered for the simulation. Effects of the 
angular speed and the delamination on the natural 
frequencies of the rotating cantilever beam are 
determined. The change in the first bending mode 
frequency of a rotating beam, healthy as well as 
delaminated, with angular speed is shown in Fig. 4. 
Solid lines in Fig. 4 represent the results obtained 
using COMSOL simulation while the results 
obtained using the present beam model are plotted 
using markers. The variations in the second bending 
mode and first torsional mode natural frequencies, 
due to the presence of delamination and varying 
angular speed are plotted in Figs. 5 and 6, 
respectively. At higher angular speeds, the stiffening 
effect due to the centrifugal force negates the 
bending stiffness reduction due to delamination, as 
can be seen from Fig. 4. Present delamination model 
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predicts the natural frequency of the first bending 
mode reasonably well; but, the predictions of second 
bending mode and first torsional mode natural 
frequencies are on the lower side. At certain angular 
speeds, the nominal second bending mode and the 
first torsional mode will not be pure bending or pure 
torsion; instead they exhibit a coupled mode 
behavior.  

 
Fig. 4: First bending mode frequency variation with 

angular speed 
This coupled mode behavior is seen in the region, 
where second bending mode natural frequency 
crosses over the first torsional mode natural 
frequency.   

 
Fig. 5: Second bending mode frequency variation with 

angular speed 
 
The effect of delamination on the second bending 
mode and first torsional mode, even in the presence 
of centrifugal stiffening at high angular speeds, is 
quite predominant.  
 

 
Fig. 6: First torsion mode frequency variation with 

angular speed 

5.1 Partial delamination results 

First bending and first torsional mode natural 
frequencies of an edge-delaminated, non-rotating 
beam are shown in Table 2. Results tabulated are for 
an edge delamination of length 76.2mm in 
longitudinal direction, located symmetrically across 
the center of the beam; and in the width-wise 
direction, the edge delamination size is mentioned in 
terms of percentage with respect to the beam width. 
Delamination is at the interface of the fourth and the 
fifth laminae, counted from the bottom-most lamina, 
in the thickness direction. 
 Delamination 

size along a2
(% of width) 

FEM 
(Hz) 

COMSOL 
(Hz) 

50  79.46 80.32 First 
Bending 
mode 

70 77.71 78.98 

50 494.13 528.77 First 
Torsional 
mode 

70 446.00 464.59 

Table 2: Delaminated beam frequencies 

The effect of angular speed in the presence of an 
edge delamination of 70 percent in the width-wise 
direction, at the interface of the fourth and fifth 
laminae, and 76.2mm in the longitudinal direction, 
located symmetrically across the center of the beam, 
is shown in the Fig. 7.  The present delamination 
model predicts all three natural frequencies, at 
various angular speeds, reasonably well. The second 
bending and the first torsional modes are not pure 
bending and torsional modes; they are bending-
torsion coupled modes, as explained previously. 
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Fig. 7: 70% delaminated beam frequency variation 

with angular speed 

6 Fractal dimension 

Fractal as described by James Theiler [30] is 
follows: “A fractal is self-affine if it can be 
decomposed into subsets that can be linearly 
mapped into the full figure. If this linear map 
involves only rotation, translation, and (isotropic) 
dilation, then the figure is self-similar. For a self-
affine map, the contraction in one direction may 
differ from the contraction in another direction.”  
Fractal dimension of a curve as defined by Katz [15] 
is given by 

FD = log10 (n)
log10 (d l )+ log10 (n)

. 
 

Here, l is the total length of the curve, d is the planar 
extent of the curve, and n is the number of segments  
in the curve. Fractal dimension is  calculated for a 
normalized torsional modeshape, by considering a 
window of 5 nodes or 4 elements and the calculated 
fractal dimension is assigned to the mid-node of the 
window [31]. This window is slid along the length 
of the beam and thus the fractal dimension is 
calculated for each node of the beam, except for the 
first and the last two nodes of the beam. The fractal 
dimension curve of an edge-delaminated non-
rotating beam is shown in Fig. 8. Peaks in the curve 
indicate the edges of delamination. 

 
Fig. 8: Fractal dimension plot of torsional mode shape 

6 Conclusions 

Formulation for a rotating composite cantilever 
beam with 4 DoFs per node (stretch, transverse 
deflection, bending rotation, and twisting rotation) is 
presented. A generic delamination model to handle 
edge and internal delaminations, which could be 
partial both along the width and length in the 
composite beam is developed. The effects of the 
angular speed and the delamination on the first few 
natural frequencies of the rotating beam are 
discussed. The results obtained using the present 
model are compared with a 3-D finite element model 
of commercially available COMSOL software.  The 
Katz fractal dimension method applied on the 
torsional mode shape of composite beam is used to 
detect the delamination. 
The natural frequencies obtained using the present 
1D formulation are comparable with those obtained 
using the 3D simulation in COMSOL at lower 
rotational speeds of the flexbeam. However, 
differences are observed at higher speeds 
necessitating further probing, to check whether the 
beam formulation needs to be tweaked or the way 
the centrifugal force is applied in the 3-D finite 
element simulation using COMSOL is appropriate. 
Though delamination results for the first bending in 
the presence of full-width delamination and natural 
frequencies of the first three modes of the edge-
delaminated beam are quite comparable with the 
corresponding results of COMSOL, the second 
bending mode and first torsional mode frequencies 
in the presence of full-width delamination do not 
match. Hence, the delamination model needs to be 
checked with different modification factor functions. 
It is demonstrated that the partial delamination in the 
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composite beam can be detected using the torsional 
modeshapes and the fractal dimension method.   
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Appendix 

Delaminated cross-sectional stiffness 
coefficients: 

A11
d = A11

1 + A11
2 + A11

3 + A11
4 + A11

5 + A11
6

A55
d = A55

1 + A55
2 + A55

3 + A55
4 + A55

5 + A55
6

B11
d = B11

1 + B11
2 + B11

3 + B11
4 + B11

5 + B11
6 +

βlZl
aA11

2 − βlZl
bA11

3 + βrZr
aA11

4 − βrZr
bA11

5

B16
d = B16

1 + B16
2 + B16

3 + B16
4 + B16

5 + B16
6

D66
d = D66

1 + D66
2 + D66

3 + D66
4 + D66

5 + D66
6

 

D11
d = D11

1 + D11
2 + D11

3 + D11
4 + D11

5 + D11
6 +

        βlZl
a( )2

A11
2 + βlZl

b( )2
A11

3 +

        βrZr
a( )2

A11
4 + βrZr

b( )2
A11

5 +

       2 βlZl
aB11

2 − βlZl
bB11

3 + βrZr
aB11

4 − βrZr
bB11

5( )

 

D16
d = D16

1 + D16
2 + D16

3 + D16
4 + D16

5 + D16
6 +

βlZl
aB16

2 − βlZl
bB16

3 + βrZr
aB16

4 − βrZr
bB16

5
 

where βl  is the delamination modification factor for 
the subsections 2 and 3, and βr  is the delamination 
modification factor for the subsections 4 and 5. 
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Abstract 

 

Fibre reinforced prepreg systems due to the 

properties of the polymer matrix can suffer from 

premature failure by through thickness forces, such 

as impacts or out of plane loading. This research 

investigates the use of plasma treated carbon 

nanotube fillers as a way of modifying the matrix to 

improve the delamination resistance. The method 

involves adding carbon nanotubes (CNTs) between 

the prepreg plies using a simple drawdown coating 

procedure. The mode I results show that with a low 

loaded coating the fracture toughness can be 

increased, however at higher loaded concentrations 

the fracture toughness decreases. Mode II testing by 

end notch flexure demonstrated that the crack 

initiation energy increased in all cases, but 

propagation testing by end load split showed a 

reduction in toughness in all cases. This research 

demonstrates a simple coating method to incorporate 

a nano interlayer on to a prepreg system, which 

would also be applicable to other filler materials.  

 

1 Introduction  

 

Due to the specific strength and stiffness properties 

of fibre reinforced composites they are being used in 

increasing quantities in aerospace and automotive 

industries. However fibre reinforced composites are 

prone to matrix damage and are weak in their 

through thickness direction. The lack of toughness 

can result in parts failing by delamination in service, 

either from external loads or impact events. The 

presence of a delamination can seriously reduce the 

strength and stiffness of a laminate especially under 

compressive loads, potentially leading to 

catastrophic failure [1]. Fig. 1 Shows the types of 

crack modes that exists, many reinforcing strategies 

try to address these modes, the most common ones 

being Z-pinning, 3D-Weaving, particulate 

toughening, short fibres and interleaving tough 

layers between the plies. These methods work on the 

macro scale and each method has its own advantages 

and disadvantages compared to the nanoscale 

reinforcement presented in this study. For example 

Z-pinning [2-6] is known to give large 

improvements in delamination resistance, but at the 

cost of in-plane properties as the pins acting like 

nails can damage fibres and add to fibre waviness. 

3D woven composites [7-8] as well as interleaving 

tough layers [9-15] can improve the delamination 

resistance, at the cost of reduced in plane properties.  

 

Carbon nanotubes have been shown individually to 

be extremely strong, stiff and tough [16-18] and 

should make excellent candidates as reinforcements 

for a polymer. However commercial grades of 

carbon nanotubes are produced as an agglomerated 

powder of highly entangled nanotubes, added to this 

their large surface areas [19] and low surface energy 

makes them difficult to disperse evenly within a 

solvent or polymer [20]. To counter this, some pre-

treatment to the CNTs is needed such as acid [21-23] 

or dispersants [24-25] to improve compatibility with 

the host matrix. 

 

Plasma treatment of carbon nanotubes [26-29] offers 

an alternative to wet chemistry methods and has the 

advantages of being dry, single step, controllable, 

quick and highly flexible in terms of the variety of 

gases available which can give different 

functionalities. The carbon nanotube as a 

reinforcement has previously been shown as an 

effective method for reinforcing an epoxy polymer 

[20] and further developments have been made 

incorporating CNTs into fibre reinforced composites 

with varying success [30-34]  
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This study uses a drawdown process on aerospace 

grade prepreg as an alternative manufacturing 

technique which is simpler than previously 

presented methods for incorporating a nano filler 

into a composite system. The process is quick, single 

step, potentially scalable and negates CNT filtering 

problems and increased viscosity associated with 

resin transfer moulding methods [35].  

 

This report investigates the use of this coating 

technique with previously developed plasma treated 

carbon nanotubes [29] and its effect on mode I and 

mode II fracture toughness. 

 

 

2 Experimental  

 

2.1 Materials: 

 

Bayer Materials Science Baytubes C150P, carbon 

nanotubes have been used for this study. The C150P 

nanotubes are a commercial grade of multiwalled 

carbon nanotubes and come in an aggolomerated 

powder form. To improve their stability in common 

solvents, they have been oxygen plasma treated by 

Haydale Ltd (UK).  

 

E-Glass 913 unidirectional prepreg from Hexcel was 

used to create double cantilever beam (DCB), end 

notch flexure (EBF) and end load split (ELS) 

specimens for testing. 

 

2.2 Manufacture: 

 

To modify the crack plane region a drawdown 

coating procedure of the CNTs on to the glass fibre 

prepreg was used. The method is as follows; oxygen 

plasma treated carbon nanotubes were dispersed in 

30ml of ethanol at 0.5g and 1.5g concentrations. 

These solutions were then vortex mixed using an 

IKA MS 3 Basic for 60 seconds. The solutions were 

then dispensed onto the top edge of the prepreg 

(Hexcel E-Glass 913) using a pipette. Using a 

drawdown bar (wire gauge 0.5mm) the solution was 

drawn down the prepreg resulting in a coating of 

cabon nanotubes. An illustration of the drawdown 

coating equipment is shown in Fig.2 and an example 

of a coated prepreg in Fig.3. The ethanol is allowed 

to evaporate for approximately 2-3 minutes before 

another ply is placed on top and the process is 

repeated. The stacking process is repeated in parallel 

until two stacks of five plies are complete, only one 

of the stacks is then given a top coating. The next 

procedure is to lay release film on this stack forming 

an artificial crack. The other stack is then laid on 

top, locking in the release film creating a stack of ten 

plies, nine of which are coated. Another seven 

uncoated plies are then added either side of the stack 

to produce a 24 ply laminate all at zero degrees. The 

laminate is then bagged and cured in an autoclave in 

accordance with the manufacturers curing schedule 

(125˚C for 1 Hour at 7 Bar) with an added dwell to 

reduce any exotherm. Once the laminate is cured 

DCB, ENF and ELS specimens are cut to size using 

a diamond cutting disc to the geometry 

recommended in the relevant standards ASTM 

D5528-01, JIS K7086 and ESIS-TC4 respectfully. A 

schematic of these test specimens is shown in Fig.4. 

For the DCB specimen piano hinges and for the ELS 

specimens aluminium T sections were attached to 

facilitate loading, bonding was achieved using 

Redux 810 two part epoxy adhesive. 

 

2.4 Zeta Potential CNT stability 

 

Zeta potential measurements were performed using a 

Malvern Zetasizer Nano Z system with folded 

capillary cells. The system directly measures 

electrophoretic mobility the velocity of the 

suspended particles in solution within an electric 

field, achieved by laser Doppler velocimetry. Using 

the solvent properties of ethanol (Table1) the 

electrophoretic mobility and the Henry equation [36] 

(equation 1) the zeta potential can be calculated. 

This was all done automatically by the Zetasizer 

software. All measurements were conducted at 25˚C. 

 

 
    

        

   
 (1) 

 

Where UE is the electrophoretic mobility,   the 

solution dielectric constant,   zeta potential, η 

viscosity and f(ka) Henry’s function taken as 1.5 as 

used by a similar study [37]  
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2.3 Mechanical Testing. 

 

Three types of mechanical testing were carried out 

to evaluate the CNTs affect on laminate toughness. 

DCB testing for mode 1 (GIc), ENF for mode 2 

initiation (GIIci) and ELS for mode 2 propagation 

(GIIcp). 

 

DCB testing was executed according to ASTM 

D5528-01 using an Instron 3343 testing machine and 

a 1kN load cell. The crosshead displacement speed 

was set at 2mm/min. The crack growth was 

monitored using a digital video recorder. The energy 

release rate GIc was calculated using the modified 

beam theory method, equation (2).  

 

      
   

         
 (2) 

 

Where: P = load,   = displacement, b = width,  

a = crack length and     = correction factor. (see 

ASTM D5528-01) 

 

The ENF testing was carried out in accordance with 

JIS K7086 again using an Instron 3343 testing 

machine with a 1kN load cell. As per the standard 

the testing rate was set to 0.5 mm/min. As this test 

method does not produce stable crack growth only a 

GIIc initiation value can be taken [38], which has 

been taken at the maximum load at the point of 

failure, using equations 3 and 4. 

 

 
       

   
   

   

            
  

  (3) 
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 ( 

  

  
  )   ]
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 (4) 

 

Where: a0 = initial crack length, a1 = calculated 

crack length for initial critical load, Pc = maximum 

load at point of failure, C0 = load point compliance 

initial elastic portion, C1 = load point compliance at 

critical load, L = distance between supporting point 

and loading point and, B = width of test specimen. 

 

The ELS testing was carried out in accordance with 

ESIS-TC4 using an Instron 8872 with a 10KN load 

cell. The cross head displacement was set to 

2mm/min. A specialised sliding rig as detailed in the 

ESIS specification was used to encourage stable 

crack growth. The crack progression was monitored 

using a digital video camera. GIIcp was calculated 

using the corrected beam equations as given by the 

ESIS standard, equations (5-7). 

 

       
   

        

           
 [     (

 

 
)
 

    (
    
 

)
 

] (5) 

 

 

    
 

  
  
[     (

 
 
)
 
   (

 
 
)
 
]

[   (
 
 
)
 
]

 (6) 

 

 

      (
 

 
)  

[   (
 
 
)
 
]

[   (
 
 )

 
]
 (7) 

 

Where:      = Mode 2 corrected energy release rate, 

a = delamination length, P = load,     = 

delamination correction factor from mode 1 tests,    

  = displacement,   = loading point to mid plane, E 

= flexural modulus, B = width of specimen, h = half 

thickness of specimen, L = free length of specimen, 

  = correction factors. 

 

2.3 Optical and SEM Analysis 

 

To understand the failure of the specimens optical 

and electron microscopy techniques have been used. 

Optical micrographs were made using a Zeiss Axio 

Imager 2. Scanning electron microscopy (SEM) 

images were taken by a JEOL JSM 6330F ultra high 

vacuum scanning electron microscope at an 

acceleration voltage of 15KV. SEM samples for the 

fracture surface images were silver sputtered to 

remove charging effects and allow imaging. 
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3 Results and Discussion 

 

3.4 Zeta Potential. 

 

The zeta potential results are shown in Table 2. The 

increased magnitude shows that the treated CNTs 

are much more stable compared to the as received 

CNTs and that once treated have a negative charge 

in the ethanol solution. Fig.5 shows a visual 

representation of the zeta potential results. 

 

3.1 DCB Results 

 

The DCB ‘R’ curve results are shown in Fig 6. In 

general the results show that at the lower coating 

concentration the mode I fracture toughness 

increases significantly during crack propagation, 

whilst this is not present in the glass control or the 

1.5g coated specimens. It is also important to note 

the exceptionally large error bars present on the 1.5g 

coated experiments representing one standard 

deviation. This is due to the almost random nature of 

the crack sticking and slipping during these tests 

which results in large peaks and troughs in the load 

displacement response, unique to this specimen.  

 

The increase in the mode I fracture toughness during 

propagation can be attributed largely to an increase 

in the quantity of glass fibres bridging. A steady 

state of glass fibre bridging occurs after about 80mm 

of crack growth for the 0.5g coated specimen. 

 

3.2 DCB Fracture response 

 

The micrographs in Fig. 7 are of the DCB specimens 

held open during an epoxy casting process. The 

samples are ground, polished and submerged in an 

ultrasound water bath to remove any glass chips. 

The images shown are the bright field images with 

regions highlighted such as the crack and the CNT 

interlayers which are only visible in the dark field 

observations. For the glass control the crack has 

propagated very repeatedly and uniformly between 

the prepreg plies. In stark contrast the 0.5g coating 

crack has propagated away from the CNT mid plane 

layer and propagates within the ply. This causes 

fibre bridging to occur, and hence increase the 

fracture toughness.  

 

The main difference between the fracture surfaces 

observed by the SEM images in Fig.8 is the quantity 

of exposed glass fibres. The increased exposure of 

the glass fibres in the 0.5g coating, Fig.8(b) 

compared to the control Fig.8(a) and 1.5g coating 

Fig.8(c) indicate more bridging has occurred, the 

primary reinforcement mechanism seen in this study.  

 

3.2 ENF Results 

 

A summary of the ENF results is given in Table 3. 

There is a notable improvement in the initiation 

fracture toughness with the addition of the CNT 

filler of upto 16% for the most highly loaded 

specimen using the 1.5g CNT solution. The 0.5g 

solution has also shown improve the initiation 

energy but to a slightly lower extent.  

 

3.3 ENF Fracture response 

 

SEM images in Fig.9 shows the fracture planes at 

the crack initiation site. The specimens were 

wrapped in sticky tape to protect the inside from 

debris and carefully cut in this area using a diamond 

cutting wheel. Then opened up, mounted on an SEM 

stub and silver coated. The SEM images appear 

fairly similar between the control and the CNT 

loaded specimens. In both cases the epoxy has been 

sheared fairly cleanly off the fibre surfaces 

indicating an adhesive failure between the fibre and 

matrix, and that the modified CNT matrix had little 

influence upon this. On the opposite half the 

trenches are smooth in both cases, and for the CNT 

coated laminates there is no evidence of exposed 

CNTs within the trenches, showing the coating 

method has not penetrated through to the fibre 

matrix interface, however there is a presence of 

patches of carbon nanotubes in Fig.9(b) on the 

fracture planes which have been highlighted.  

 

3.4 ELS Results 

 

The ELS results are shown in Table 4. The results 

indicate that for small additions of carbon nanotubes 

there was little affect upon the mode 2 propagation 

results, but at higher concentrations a negative 

influence was found.  
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3.5 ELS Fracture Response 

 

A noticeable increase in crack stick and slip was 

found for the CNT coated specimens, especially for 

the 1.5g coating. The microscope cross section 

images in Fig.10 show a strong difference in the 

crack line across the width of the specimen. The 

images show that in the case of the 0.5g 

coatings the crack has propagated sporadically 

cutting through CNT regions indicating the 

interlayer has had a profound affect on the crack 

path compared to the fairly linear glass control 

and for the 1.5g coated sample the crack appears 

to run along the top of the CNT interlayer.  
 

SEM Fracture images are shown in Fig.11 and 

appear fairly similar except for the increase in 

glass fibre debris along the fracture plane, 

which can incidentally also be seen from bright 

reflections with the naked eye. The lighter 

patches seen in Fig.11 (a), the glass control is 

due to surface charging and represents no 

significant features. It was found difficult to 

locate any CNTs on the fracture surfaces of the 

coated specimens, unlike the DCB specimens 

indicating the CNTs have locally altered the 

plastic zone properties and diverting the crack 

around, above or below them and not through 

them. 
 

It appears a contradiction exists in the mode 2 results 

as initiation was found to be higher for the CNT 

coated laminates whilst the propagation is lower 

than the control. However considering stick and slip 

response this can be explained. During the 

propagation testing the crack sticks and slips, 

propagation is not steady and when crack sticks the 

load increases substantially and for a that instance 

the toughness appears to have increased, as seen 

during the mode 2 initiation testing. But as the crack 

then quickly propagates / slips the average fracture 

toughness value is decreased until it sticks again.  

 

 

 

 

 

4 Conclusions 

 

The work presented shows a simple and effective 

method to add carbon nanotubes onto a prepreg 

surface which would be suitable as a coating method 

with other filler materials. This coating method is an 

inexpensive alternative to preparing nano material 

infused prepregs.  

 

Plasma treatment of CNTs was essential to improve 

dispersion in a solvent allowing an ink like solution 

to be made. 

 

By coating pre-pregs in this way it is possible 

improve the fracture properties of the system for 

mode I and mode II initiation, but not mode 2 

propagation. Care must be taken as at higher filler 

quantity the properties can reduced below the 

baseline.  
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Table 1 Ethanol Constants [39] 

Solvent Viscosity 

η mPa.s 

Dielectric 

Constant 

Ethanol 25˚C 1.074 24.85 

 

 

Table 2 Zeta potential results 

Material Zeta Potential 

C150P As received 2.9 

C150P Oxygen Plasma 

Treated 
-31.5 

 

Table 3 End notch Flexure Results (Standard deviation) 

Material G2c Initiation (J/m
2
) 

Glass Control 1902.4 +/- (187.6) 

0.5g Coating 2172.4 +/- (242.6) 

1.5g Coating 2200.2 +/- (206.3) 

 

 

Table 4 End load split Results (Standard deviation) 

Material G2c (J/m
2
) 

Glass Control 1057.3 +/- (91.2) 

0.5g Coating 1017.9 +/- (173.3) 

1.5g Coating 903.6 +/- (112.1) 

 

 

 

 

 

Fig. 1. Crack modes 
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Fig. 2. Draw down coating equipment. 

 
 

 
 

Fig. 3. Prepreg after coating with the carbon nanotube 

solution. 

 

 

 

 

 

 

Fig. 4. Schematic of the double cantilever beam, end notch flexural test and end load split specimens, width 20mm. 
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Fig. 5. CNT ethanol solutions. (a) As received, (b) Oxygen plasma treated. 

 

 

 

 

 

Fig. 6. Delamination resistance results from embedded carbon nanotubes between pre-preg plies. 

 (Error bars represent one standard deviation) 
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Fig. 7(a) Glass Control 

 

Fig. 7(b) 0.5g coating  

 

Fig. 7(c) 1.5g coating 

Fig.7. Optical Micrographs showing the variation of the 

crack paths through the DCB specimens. 

 

 
Fig. 8(a) Glass Control 

 

 
Fig. 8(b) 0.5g Coating 

 

 

Fig. 8(c) 1.5g Coating 

Fig.8. SEM images showing the variation of the fracture 

and quantity of exposed fibres through the DCB 

specimens.  
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Fig. 9(a) Glass Control   

  

Fig. 9(b) 0.5g coating 

Fig. 9. SEM images of the end notch flexure specimens at the crack initiation site. 
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Exposed CNTs 
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Fig. 10(a) Glass Control 

 

Fig. 10(b) 0.5g coating 

 

Fig. 10(c) 1.5g coating 

 

Fig.10. Optical micrograph images of the end load split 

specimens, looking at half a specimen down the fibre 

length. Bright field images with colour added for clarity, 

Red: Crack line, Blue: CNT interlayer. 

 

 

 

Fig. 11(a) Glass Control 

 

Fig. 11(b) 0.5g coating 

 

Fig. 11(c) 1.5g coating 

 

Fig.11. SEM images of the end load split specimens, 

looking at the fracture plane after testing. 
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1 Introduction 

 

Fabrication of fibrous thermosetting composites is a 

very complex activity, involving different processes 

such as forming, consolidation/impregnation and 

curing. Each of the steps of the manufacturing 

process incorporates several sources of uncertainty 

which introduce variability to the subsequent steps 

creating strong interdependencies between the 

material properties and process parameters of the 

final part. The main sources of uncertainty are 

associated with (i) fibre misalignment which can be 

generated during production, storage or handling of 

pre-pregs, preforms, and dry textiles, (ii) matrix 

material uncertainties caused by variations in resin 

composition/formulation and different shelf life 

history conditions, and (iii) environmental/boundary 

conditions uncertainties related to process parameter 

variations [1-2]. All these can introduce significant 

variability to the curing step causing serious defects, 

such as over-cure, under-cure, cure-induced voids, 

distortion and thermal degradation [2-3]. Different 

resin handling and storage conditions can result in 

cure kinetics uncertainty [4-6]. Process parameter 

uncertainties including cure temperature and heat 

convection coefficient variations can introduce 

variability to the heat transfer phenomena taking 

place during the curing step [7-8]. Fibre 

misalignment and fibre volume fraction variations 

can introduce significant scatter to the mechanical, 

thermal, and thermo-mechanical properties of the 

constituent materials affecting the curing process 

[7,9]. Fibre volume fraction variations can also 

introduce variability to the level of residual stresses 

[10-11].  

Deterministic process simulation models do not 

incorporate these stochastic effects and as a 

consequence are not able to capture the real 

phenomena leading in many cases to poor results. 

Therefore, stochastic simulation is becoming 

increasingly important due to the interest in 

predicting variability in composites manufacturing. 

Stochastic simulation results have shown that cure 

kinetics and cure temperature variations can 

introduce significant variability in cure time, with 

the cure temperature being the dominant variable 

[2]. In addition, it has been indicated that faster 

reacting resin systems can show higher cure time 

variability than systems with higher activation 

energy [2]. However, these results were based on 

theoretical values of input uncertainty rather than 

experimental data. As a result, a fundamental gap 

exists on the characterization of input parameters 

uncertainty in composites cure. 

The present study focuses on the characterization of 

cure kinetics uncertainty due to different resin 

handling/storage conditions and its effect on the cure 

behavior. A series of experiments was carried out 

using Differential Scanning Calorimetry (DSC) to 

characterize cure kinetics uncertainty of a 

commercial epoxy resin used in aerospace 

applications. The resulting stochastic simulation 

problem is addressed by coupling a cure kinetics 

model with traditional Monte Carlo Scheme (MCS) 

and the Probabilistic Collocation Method (PCM). 

The capabilities of the collocation method have been 

demonstrated in the context of composite 

manufacturing in the case of simulation of Resin 

Transfer Moulding (RTM) filling stage [16]. The 

two stochastic simulation approaches are 

implemented considering the cure process of the 

epoxy system of this work. The two schemes are 

compared in terms of accuracy and computational 

time.  
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2 Methodology  
 

2.1 Deterministic cure kinetics model 

 

The cure kinetics model used in this study is 

appropriate for a commercial epoxy resin used in 

aerospace applications [12].  

The cure reaction rate is defined as: 

 

    mnn
aakak

dt

da
21 11 21                           (1) 

 

where a is the current degree of cure, k1, k2 the 

reaction rate constants, and m, n1, n2 the reaction 

orders. The reaction rate constants are calculated as 

follows: 

 

dci kkk
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where k1,c are chemical rate constants, and kd is a 

diffusion rate constant,  defined as:  
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where T is the current cure temperature, Ei activation 

energies, Ai pre-exponential factors, AD and ED the 

pre-exponential factor and activation energy of the 

diffusion process, respectively, R the universal gas 

constant, b a constant, and  f  the equilibrium free 

volume given by: 

 

  025.000048.0  gTTf                             (5) 

 

where Tg is the instantaneous glass transition 

temperature defined as: 
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                                     (6) 

 

Here Tgo and Tg∞ denote the glass transition 

temperatures for the uncured and fully cured 

material, respectively, while λ is a fitting constant 

[13]. 

The cure process of the epoxy resin was simulated 

by integrating numerically, to compute the 

instantaneous cure reaction rate and the degree of 

cure evolution. Explicit numerical integration was 

used. Fig. 1 illustrates the applied cure profile.  

2.2 Analysis of input parameters uncertainty 

 

2.2.1 Differential Scanning Calorimetry 

 

Differential Scanning Calorimetry (DSC) was 

utilized to characterize cure kinetics variation. All 

tests were equilibrated at 80 ºC and then a heating 

rate of 1ºC/min was applied up to 240 ºC. Samples 

from four different batches as well as different 

samples from every batch were tested. All samples 

were within their lifetime.  

 

2.2.2 Quantification of cure kinetics uncertainty 

 

As shown in Fig. 2, the range of cure kinetics 

variability was quantified by fitting the cure kinetics 

simulation model to the experimental data.  In 

particular, a Genetic Algorithm described in detail in 

[14] was used to determine a new set of cure kinetics 

parameters by fitting the cure kinetics simulation 

model described in section 2.1 to the experimental 

data. Since the initial degree of cure cannot be 

computed using the cure kinetics model, its scatter 

was quantified by fitting the kinetics parameters 

resulted from the previous step to each of the 

experimental curves. The latter was performed using 

the Microsoft Excel solver. This procedure was 

iterated several times until a satisfactory fit was 

achieved. A factorial design was carried out to 

determine the cure kinetics influential factors. The 

influential factors were then fitted to each 

experimental curve to determine the range of 

uncertainty for each parameter. Having determined 

the uncertain parameters and the range of their 

uncertainty, a sensitivity analysis was performed 

using the cure kinetics model to determine which of 

the uncertain parameters should be considered as 

stochastic during the stochastic cure simulation. 

During the sensitivity analysis all variables were 
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varied over ±2σ, where σ is the standard deviation of 

each variable.  

 

2.3 Stochastic cure simulation  

 

2.3.1 Monte Carlo Scheme 

 

A crude Monte Carlo scheme was developed and 

coupled with the cure kinetics model to investigate 

the effect of inputs variability on the process output 

parameters. Random samples are generated for each 

stochastic variable. The number of samples is 

dictated by convergence criteria. Given that the 

mean value of a parameter converges faster than its 

standard deviation, the number of samples is 

determined by the convergence of the standard 

deviation. Due to random sampling, a quite large 

number of the deterministic model runs are 

required to ensure convergence and accuracy, 

implying high computational cost. 
  
2.3.2 Probabilistic Collocation Method 
 

In addition to the traditional Monte Carlo Scheme, a 

stochastic simulation model based on the 

Probabilistic Collocation Method was developed and 

coupled with the cure kinetics model presented in 

section 2.1.  

The main concept of this method is to construct a 

response surface for every output parameter, as a 

function of uncertain parameters in the form of 

orthogonal polynomials, called the polynomial 

chaos. Details concerning the construction of the 

polynomial chaos can be found in [17]. Having 

constructed a response surface for each output 

parameter, a statistical analysis is carried out to 

quantify output parameters uncertainty.  

Following this strategy, the stochastic problem is 

significantly reduced in calculating the unknown 

polynomial chaos coefficients, which are computed 

using the probabilistic collocation approach [18]. 

The collocation points are the roots of the next 

higher order orthogonal polynomial than the order  

of the response surface and are chosen so that the 

residuals between each response surface and 

corresponding model outputs is zero, implying that 

the collocation points are selected from regions of 

high probability. Consequently, a system of linear 

equations is obtained to calculate the polynomial 

chaos coefficients for every output parameter [18].  

This concept is depicted in Fig. 3. The largest 

discrepancies between the response surface and the 

actual model occur at regions of low probability, 

thus only a small error is produced.  

In the case of Gaussian variables, the polynomial 

chaos is defined as a set of Hermite polynomials 

[18]. The first, second and third order polynomials 

are: 

 

  yyH 1                                                           (7) 

 

  12

2  yyH                                                      (8) 

 

  yyyH 33

3                                                    (9) 

 

where y is the standard random normal variable. For 

example, combinations of the roots of the third order 

Hermite polynomial (±1.732, 0) comprise the set of 

collocation points for a second order response 

surface.  

 

2.3.3 Stochastic simulation  

 

The covariance matrix C and the vector of the mean 

values µ include all the information regarding the 

statistical properties of the stochastic variables and 

their cross-correlation. 

The Cholesky decomposition was implemented in 

both stochastic simulation schemes to generate 

realizations of the stochastic variables. By 

definition, the covariance matrix C is symmetric and 

positive definite and can be expressed as: 

 
TLLC                                                                (10) 

 

where L is a lower triangular matrix and is the 

Cholesky root. The product of the Cholesky root 

with the vector Y of independent identically 

distributed normal variables is a vector V that 

encompasses the statistical properties of the 

stochastic variables, and is defined as follows: 

 

LYV                                                                 (11) 

 

The methodology described by Eqs. (10) and (11) is 

implemented in two steps. First, the Cholesky root is 
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evaluated as defined in Eq. (10). This step has 

relatively high computational cost; however, it needs 

to be executed only once. Realisations of the random 

vector Y are then generated and transformed to 

realisations of the vector V using Eq. (11). This step 

is computationally cheap and is executed several 

times equal to the number of required realisations of 

the stochastic variables.  

3 Results and discussion 

 

3.1 Statistical properties of input parameters 

 

Fig. 4. depicts experimental results obtained by a 

series of dynamic DSC scans, along with cure 

simulation results (before fitting) using the cure 

kinetics model for the epoxy system of this work. 

The results show consistency; however, the 

discrepancies are not negligible, implying variability 

in cure kinetics. A shift between the experimental 

curves is present, whilst the magnitude of the 

maximum cure reaction rate shows significant 

discrepancies. In addition, discrepancies occur at 

temperatures above 220 ºC, where diffusion 

phenomena are dominant.  

Based on the methodology described in section 2.2.2 

the parameters showing variability and their 

statistical properties, including the mean value, µ, 

the standard deviation, σ, and the coefficient of 

variation (σ/µ), are presented in Table 1. The initial 

degree of cure exhibits the highest level of 

uncertainty, with the reaction order showing more 

moderate values and the activation energies to 

follow. 

Sensitivity analysis results suggested that the initial 

degree of cure can influence the temperature the 

reaction is taking place, thus can introduce a shift to 

the cure reaction rate - temperature curve, while the 

reaction order, n2 and the activation energy, E2 affect 

the magnitude of the maximum cure reaction rate. 

Moreover, the activation energy, E1, mainly affects 

the cure behavior at temperatures above 220 ºC.  

As a result, the activation energy, E1, was considered 

deterministic in this study, since it has negligible 

effects on the cure process for the given cure profile 

(see Fig. 4). Therefore, the activation energy E2, the 

initial degree of cure ao, and the reaction order n2, 

were treated as stochastic variables during the 

stochastic cure simulation. Due to the limited 

number of experimental data and the fact that the 

purpose of this study is to capture the most generic 

case, all stochastic variables were assumed to follow 

a normal distribution. Moreover, according to the 

data presented in Table 1, none of the parameters 

can reach a negative value even in the case of high 

scatter.  

The correlation matrix of the stochastic variables is 

presented in Table 2. Examination of the correlation 

matrix indicates that the initial degree of cure, ao, 

and the reaction order, n2, are strongly correlated, 

while no strong correlation exists between the other 

parameters. There is no clear evidence regarding this 

behavior. Besides, investigation of this behavior is 

beyond the scope of this work.  

 

3.2 Stochastic cure simulation results 

 

The two stochastic simulation approaches described 

in the previous sections were implemented to 

investigate the effect of cure kinetics uncertainty on 

the cure behaviour of neat epoxy resin.  

In the Collocation method implementation, a second 

order response surface was constructed to represent 

the cure reaction rate. A modified regression-based 

collocation approach was implemented to improve 

accuracy. The number of collocation points used 

was larger than the number of the unknown 

polynomial chaos coefficients, implying that the 

effect of each collocation point is reduced. In 

particular, the number of the unknown coefficients 

for a three dimensional second order polynomial 

chaos is 10 [17], however, 21 collocation points 

were used in this study, implying that only 21 

deterministic model runs are required. In addition, a 

crude Monte Carlo simulation was performed to 

carry out the statistical analysis using the 

constructed response surface.   

The cure reaction rate as a function of time is 

illustrated in Fig. 5. As it can be observed, the 

maximum cure reaction rate as well as the region 

before the second ramp exhibit significant 

variability. More specifically, the maximum cure 

reaction rate presents 7.5 % coefficient of variation. 

This can introduce variability to the temperature 

overshoot as well as influence the cure time for 

different cure cycles.  No considerable variability is 

presented in the remainder regions. Fig. 6 and Fig. 7 

depict the evolution of statistics of the cure reaction 

rate as a function time, for the two stochastic 

simulation schemes. The results suggest that a very 
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good agreement is achieved between the Monte 

Carlo scheme and the Collocation method, 

especially for the mean value.  The convergence of 

the statistics of the mean and the standard deviation 

of the maximum cure reaction rate is presented in 

Fig. 8 and Fig. 9, respectively. A quite satisfactory 

convergence is achieved after 2×10
3
 Monte Carlo 

realizations, with the discrepancies between the two 

methods being negligible. The histogram of the 

maximum cure reaction rate presented in Fig. 10 

also confirms the good agreement between the two 

stochastic simulation approaches. Examination of 

the probability distribution of the maximum cure 

reaction rate shown in Fig. 11 indicates that the 

maximum cure reaction rate can be described by a 

Weibull distribution.  

The results presented here suggest that cure kinetics 

variability due to different resin handling/storage 

conditions can significantly affect the curing process 

with potential implications in the temperature 

overshoot and the cure time. Moreover, the 

Probabilistic Collocation Method has clearly 

demonstrated its capabilities in this context.  

4 Concluding Remarks 

 

The methodologies developed in this work aim at 

quantifying the propagation of variability to the cure 

process outcome. The results of experiments showed 

that the cure behavior of high specification 

thermosets could involve uncertainty, which in turn 

can introduce significant variability to the cure 

behavior. The stochastic simulation results suggest 

that the maximum cure reaction rate can present 

variability in the order of 7.5 %, with potential 

implications in the temperature overshoot and 

cure time.  

Both MCS and PCM have the capability of 

capturing variability propagation, with the MCS 

presenting a computationally expensive and rich 

solution and the PCM offering an efficient 

approximation (e.g. for the given case, the 

computational cost of the PCM is 1.5 % of that of 

the MCS), with comparable accuracy.  

The modeling approaches presented in this work can 

be coupled with process simulation to investigate the 

effect of cure kinetics variability on heat transfer 

effects taking place during the cure.  

 

 

Acknowledgement 

 

Financial support by the EPSRC Centre for 

Innovative Manufacturing in Composites 

(EP/I033513/1) is gratefully acknowledged.  

 

References 

 
[1] A. Endruweit, AC. Long. “Influence of stochastic 

variations in the fibre spacing on the permeability of bi-

directional textile fabrics”. Composites Part A: Applied 

Science and Manufacturing, Vol. 37, No. 5, pp 679-694, 

2006. 

[2] SK. Padmanabhan, R. Pitchumani. “Stochastic 

analysis of isothermal cure of resin systems”. Polymer 

Composites, Vol. 20, No. 1, pp 72-85, 1999.  

[3] Z. Guo, S. Du, B. Zhang. “Temperature field of thick 

thermoset composite laminates during cure process”. 

Composites Sci Technol, Vol. 65, No. 3–4, pp 517-523, 

2005.  

[4] SK. Padmanabhan, R. Pitchumani. “Stochastic 

modeling of nonisothermal flow during resin transfer 

molding”. Int J Heat Mass Transfer, Vol. 42, No. 16, pp 

3057-3070, 1999.  

[5] K. Hsiao, R. Little, O. Restrepo, B. Minaie. “A study 

of direct cure kinetics characterization during liquid 

composite molding”. Composites Part A: Applied Science 

and Manufacturing, Vol. 37, No. 6, pp 925-933, 2006.  

[6] MR. Kessler, SR. White. “Cure kinetics of the ring‐
opening metathesis polymerization of dicyclopentadiene”. 

Journal of Polymer Science Part A: Polymer Chemistry, 

Vol. 40, No. 14, pp 2373-2383, 2002.  

[7] D. Liaw, S. Singhal, P. Murthy, CC. Chamis. 

“Quantification of uncertainties in composites”. In: 

Proceedings of the 34th AIAA/ASME/ASCE/AHS/ASC 

Structures, Structural Dynamics and Materials 

Conference, La Jolla, CA, USA, p. 1163-1173, 1993. 

[8] M. Elseifi. “Probabilistic analysis of thick composite 

plates with manufacturing and material uncertainties”. In: 

Proceedings of the 42nd AIAA/ASME/ASCE/AHS/ASC 

Structures, Structural Dynamics, and Materials 

Conference and Exhibit, Seattle, WA, USA, 2001. 

[9] CC. Chamis. “Probabilistic composite mechanics 

assurance for better-cheaper-faster products”. In: 

Proceedings of the 39th AIAA/ASME/ASCE/AHS/ASC 

Structures, Structural Dynamics, and Materials 

Conference and Exhibit, Long Beach, CA, USA, pp 1940-

1951, 1998.  

[10] C. Dong. “Model development for the formation of 

resin-rich zones in composites processing”. Composites 

Part A: Applied Science and Manufacturing, Vol. 42, No. 

4, pp 419-424, 2011.  

[11] P. Hubert, RB. Pipes, BW. Grimsley. “Variability 

analysis in vacuum assisted resin transfer molding”. In: 

ICCM19 5916



Proceedings of the 23rd SAMPE Europe International 

Conference, Port de Versailles, France, 2002.  

[12] P. I.  Karkanas and  I. K. Partridge “Cure modeling 

and monitoring of epoxy/amine resin systems. I. cure 

kinetics modeling”. Journal of Applied Polymer Sciences, 

vol 77, no. 7, pp. 1149-1431, 2000. 

[13] J. Pascault and R. Williams “Relationships between 

glass transition temperature and conversion 2”. Polymer 

Bulletin, vol 24, no. 1, pp 115-121, 1990. 

[14] A. A. Skordos and I. K. Partridge, “Inverse heat 

transfer for optimization and on-line thermal properties 

estimation in composites curing”. Inverse Problems in 

Science and Engineering, vol. 12, no. 2, pp 157-172, 

2004. 

[15] RL. Plackett, JP. Burman. “The design of optimum 

multifactorial experiments”. Biometrika, pp 305-325, 

1946.  

[16] F. Zhang, B. Cosson, S. Comas-Cardona and C. 

Binetruy, “Efficient stochastic simulation approach for 

RTM process with random fibrous permeability”, 

Composites Science and Technoology, vol. 71, no. 12, pp 

1478-1485, 2011 

[17] RG. Ghanem, PD. Spanos. “Stochastic finite 

elements: a spectral approach”. 2
nd

 Edition, Dover 

Pubns, 2003.  

[18] S. Huang, S. Mahadevan and R. Rebba, 

“Collocation-based stochastic finite element analysis for 

random field problems”. Probabilistic Engineering 

Mechanics, vol. 22, no. 2, pp 194-205, 2007.  

 

 

 

 

 

 

variable a o E 1 E 2 n 2

µ 0.038 78126 55970 1.9

σ 0.0043 929.4 182.8574 0.068127

σ∕µ (%) 11.1 1.2 0.33 3.6  
 

Table 1. Statistical properties of uncertain parameters 

 

 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

variable ao E2 n2

ao 1 -0.005 -0.4

E2 -0.005 1 0.14

n2 -0.4 0.14 1  
 

Table 2. Correlation matrix of stochastic variables 

 

 

ICCM19 5917



 

 

 

120

130

140

150

160

170

180

0 5000 10000 15000

T
e
m

p
e
r
a

tu
re

 [
ºC

]

Time [sec]
 

Fig. 1. Cure profile. 
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Fig. 2. Schematic representation of methodology for 

quantification of cure kinetics uncertainty. 
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Fig. 3. Collocation points selection at high probability 

region. 
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Fig. 4. Evolution of reaction rate with temperature during 

dynamic cure. 

 
 

 

 

 

 

 

 

 

 

 

ICCM19 5918



 

0

0.00005

0.0001

0.00015

0.0002

0.00025

0.0003

0.00035

0.0004

0 5000 10000 15000

C
u

re
 r

ea
ct

io
n

 r
a
te

 [
1
/s

ec
]

Time [sec]
 

 
Fig. 5. Cure reaction rate vs time-Monte Carlo. 
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Fig. 6. Evolution of mean of cure reaction rate vs time. 
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Fig. 7. Evolution of standard deviation of cure reaction 

rate vs time. 
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Fig. 8. Convergence of statistics of mean of maximum  

cure reaction rate vs time. 
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Fig. 9. Convergence of statistics of standard deviation of 

maximum cure reaction rate vs time. 
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Fig. 10. Histogram of maximum cure reaction rate [1/sec]. 
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Fig. 11. Probability distribution of maximum cure 

reaction rate.  
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  19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
Incorporation of carbon nanotubes (CNTs) into 
metals significantly improves the mechanical, 
physical properties as well as wear resistance of the 
matrix alloys [1]. In order to make full use of the 
excellent properties of CNTs, homogeneous 
dispersion and good bonding between CNTs and 
metals are necessary. However, CNTs are prone to 
form aggregation and react with metals such as 
aluminum [2,3], which makes it difficult to disperse 
CNTs into metal matrix and control their interface. 
Here, silicon carbide whisker (SiCw) and CNTs 
hybrid composite was prepare by pressure 
infiltration [4] and its mechanical and wear 
properties were investigated. Addition of SiCw 
increased the compressive strength of the hybrid 
preform and thus attributed to the complete 
infiltration. On the other hand, the high content of 
CNTs (10 vol%) significantly improves the 
mechanical and wear resistance of the composite. 

2  Experiments 

SiCw (diameter 0.1-1 µm) and CNTs (diameter 70-
100 nm) were used as reinforcements to fabricate the 
2024Al matrix composites. Both reinforcements 
were purified and dispersed in distilled water, 
blended with silica binder and compressed into a 
hybrid preform. The content of SiCw and CNTs in 
the preform was 10 vol%. Pressure infiltration 
process of the preform was similar to Ref. [4]. The 
as-cast composite ingot was hot-extruded at 450℃ 
into a rod with a ratio of 16:1. 
SEM, TEM and XRD were used to study the 
distribution, reaction and interface of CNTs. Tensile 
test of the composite was carried out at various 
temperatures of 25, 200 and 350 ℃. Unlubricated 
wear test was carried out on a pin-on-disk wear test 
machine. 

3  Results and discussion 

Fig.1 shows the distribution state of CNTs in the 
composite. In Fig.1a, fine CNTs distribute 
homogeneous in the composite and interlock with 
coarse SiCw. The micro-scale homogeneous 
distribution state of CNTs is also demonstrated in 
Fig.1b, in which CNTs and their bundles distributed 
in the matrix and around SiCw. In addition, there is 
no reaction between CNTs and Al, showing that 
formation of Al4C3 was effectively prevented by the 
rapid solidification after pressure infiltration [4].  
Fig.2 shows stress-strain tensile plots of the 
composites at ambient and high temperatures. When 
test at 25 ℃, the composite showed low elongation 
of 0.83 % and high ultimate tensile strength (UTS) 
of 420.1MPa. The elongation of the composite 
increased to 5.55 and 7.40% at 200 and 350 ℃, but 
with decreased UTS of 363.7 and 161.6 MPa.  
Fig.3 show friction coefficient and wear rate of the 
composite tested at 200℃. As shown in Fig.3a, the 
friction coefficient of the decrease with increasing 
applied load. The friction coefficients shift little at 
loads of 15 and 20N, but contain a transition stage at 
when the distance is small.  
The wear rates (tested at 200℃) of the composite 
and its matrix alloy (2024Al) under various loads 
were plotted in Fig.3b. As expected, the wear rate of 
the composite is much smaller than that of the 
matrix alloy, especially at small load end. With 
increasing load, both wear rates increase, but with 
different slopes: the slope of the matrix alloy is 
much larger than that of the composite. This implies 
that the composite exhibits superior wear resistance 
over 2024Al matrix alloy, especially under high 
applied loads.  
It is also interesting to find that the addition of CNTs 
improves the wear resistance of 2024Al even 
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compared with SiCw mono-reinforcements. This 
may be attributed to better plasticity and toughness 
of the hybrid composite, which resulting in the 
transition from serious wear to slight wear. 

4  Summary 

Hybrid 2024Al matrix composite reinforced with 
SiCw and CNTs (10 vol%) was prepared by pressure 
infiltration. The coarse SiCw prevents the 
aggregation of CNTs and thus contributes to the 
homogeneous dispersion of the latter in the 
composite. No reaction between CNTs and Al was 
detected due to the rapid solidification after molten 
Al infiltration. The composite exhibits the best 
compensation of strength and elongation at 200 ℃. 
Wear tests carried out at 200 ℃ demonstrated the 
superior wear resistance of the composite over 
2024Al and composite reinforced only with SiCw. 
This indicates that CNTs may act effectively as wear 
reduction agents in metal matrix composite.   

 

 
Fig.1. (a) SEM and (b) TEM microstructure of 
2024Al composites containing homogeneous 

distributed SiCw and CNTs. 
 

 

Fig.2. Tensile stress-strain plots of the 2024Al 
composites carried out at 25, 200 and 350 ℃. 

 
 

 

Fig.3 Friction coefficient (a) and wear rate (b) of the 
composite tested at 200℃. 
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TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

The threats faced by military and law enforcement 

personnel are evolving every day. In order to offer 

them the best protection possible, the strategies and 

materials used for ballistic protection must also 

evolve. 

Dyneema
®
 is an ultra-high molecular weight 

polyethylene (UHMWPE) fibre composite currently 

used for ballistic protection, among other 

applications. The composite material considered 

here, HB26, is a grade of Dyneema
®
 laminate 

manufactured by DSM Dyneema. The grade 

contains SK76 fibres arranged in a 0/90 stacking 

sequence, as shown in Figure 1. HB26 uses a stiff 

polyurethane matrix, as opposed to various other 

DSM grades, which use a softer krayton rubber 

matrix. The relevant mechanical properties for HB26 

are shown in Table 1. 

The use of Dyneema
®
 as an impact resistance system 

offers improvements through its low density and 

improved ballistic properties with respect to CFRP 

[11]. The material has a density lower than water 

[17], allowing it to float, giving obvious benefits 

when considering the varied conditions military 

personnel experience. 

However, in order to determine how best to use 

Dyneema
®
, and how to continue to improve it, a 

solid understanding of its material and mechanical 

properties must be obtained. Various studies of the 

individual properties of the fibres and matrix have 

been carried out, as discussed in section 2, but 

further work is necessary to fully understand the 

interaction between these components, and the 

failure mechanisms of the laminate as a whole. The 

paper presented here seeks to delve further into the 

modes of failure, and explain one of the fundamental 

mechanisms at work. 

2 Literature review 

Dyneema
®
 has excellent specific properties[4][20] 

and has shown promise in ballistic resistance 

applications[11], leading to an interest in its 

mechanisms of failure.  

The fibres, independent of the matrix, have been 

studied by van Dingenen (1989) [20] and shown to 

be a very versatile material. After this overview 

paper, several researchers began to look at the fibre 

properties in more depth. Berger et al (2003)[2] 

studied the fibre microstructure’s response to creep, 

developing models based on both fibrilar and 

crystalline structures, and deduced that care in 

manufacturing and protection from damage were 

key to performance. Govaert and Peijs (1995) 

[7]found a dependence of tensile strength of the 

fibres on both strain rate and temperature, and 

Hazell et al (2011) [10] determined that shock wave 

propagation in the material can be halted by fibres 

melting on contact with the wave. 

UHMWPE laminates have been studied mostly to 

determine the effects of different methods of 

manufacturing on the mechanical properties. Marais 

and Feillard (1992) [13] used a hot compaction route 

to produce a material with high crystallinity and 

highly anisotropic behavior, while Morye et al 

(1999) [15] compared this hot compaction route to 

laying up pre-pregs into a mould. 

Marissen (2011) [14] wrote a review of the 

material’s applications, including biomedical, fabric 

and personal protection.  

As research began to progress to laminates, the lack 

of understanding of Dyneema
®
’s unique properties 

meant that other composites were often considered, 

in order to suggest mechanisms on which to base 

models. Dyneema
®
 has been compared to cured and 

uncured carbon fibre, in Karthikeyan et al 
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(2013)[11] . Kevlar is an obvious choice for 

comparison for a material showing good ballistic 

properties. It was characterized well by Greenwood 

and Rose (1974)[9] and was shown to be dependent 

on fibre strength for its ballistic properties. 

Padmanabhan (1995)[16] confirmed this by studying 

the interlaminar shear strength in Kevlar composites. 

Composites containing both Kevlar and Dyneema
®
 

fibres have also been suggested and modeled [9]. 

CFRP is a well characterized material, and often a 

point of reference for composite tests. 

Microbuckling has been studied in carbon 

composites, with notched compression tests 

performed by Soutis et al (1993)[19], Fleck et al 

(1995)[5] and Sivashanker et al (1996)[18]. Soutis et 

al (1993)[19] considered various lay-ups and 

concluded that fibre microbuckling was the 

dominant microbuckling mechanism for CFRP in 

the UD and multi-directional states. Fleck et al 

(1995) [5] considered a single stacking sequence 

[+45,-45,0,0], but compared it to woven laminates, 

and to microbuckling in plywood, and found plastic 

microbuckling to be the critical mechanism. 

Sivashanker et al (1996)[18] used a crack bridging 

model to examine the propagation of the kink band 

through a UD carbon fibre laminate. This was the 

study which was followed most closely for the 

microbuckling experiments which were carried out 

for this paper. A very comprehensive microbuckling 

text is a review paper by Fleck (1997)[6], which 

discusses the mechanisms involved in the initiation, 

propagation and growth of microbuckles in fibre 

composites. Dyneema
®
, however, had not previously 

been studied in this mode. 

Ballistic testing of UHMWPE composites is a fairly 

recent subject of research in the area. Cheeseman 

and Bogetti (2003) [3] tested Dyneema
®
 fabrics and 

discussed the energy dissipation mechanisms. Leigh 

Phoenix et al (2010) [12] developed a model for 

various stacking sequences of a Dyneema
®
/Kevlar 

composite. Russell et al (2013) [17] measured the 

strain rate dependency in tension of a variety of 

Dyneema
®
 materials, fibres, yarns and laminates, 

while Karthikeyan et al [11] considered the effect of 

shear strength on ballistic performance.  

The damage to composite plates in ballistic tests has 

been shown to be very complex, involving various 

failure modes, as shown in Greenhalgh et al, (2012) 

[8]. An example of a Dyneema
®
 plate that has been 

subjected to a ballistic impact is given in Figure 2, 

showing the resulting damage. It is this unique and 

complicated problem that must now be addressed by 

researchers. 

3. Motivation 

Figure 2 clearly shows that the complexity and 

variety of mechanisms in the failure of Dyneema
®
 

composites will make them very difficult to model, 

or to quantitatively understand. A more 

straightforward means of analyzing the mechanisms 

was sought, by exploring how these failure modes 

could be reliably reproduced separately, to allow for 

a simpler model. 

Quasi-static tests were used as a means of studying 

each facet of the failure in a more controlled, 

straightforward environment. They also reproduced 

the damage seen in ballistic tests very well, 

providing reassurance that the same failure 

mechanisms were at work. Karthikeyan et al [11] 

showed the progressive ply failure of HB26 in 

ballistic tests of increasing velocity. This can be 

compared to Figure 3, which shows an x-ray 

computer tomography (XCT) image of a plate 

indented with a punch of similar dimensions to the 

projectile used in the ballistic tests from [11]. The 

obvious similarities between the failed specimens, ie 

the progressive ply failure under the punch, indicates 

that quasi-static testing is a viable option for 

studying the individual failure mechanisms at work 

in Dyneema
®
. 

4. Microbuckling study 

One of the failure mechanisms visible in Figure 2 is 

microbuckling, or ‘kinking’, where the material has 

experienced shear and in-plane compression as a 

result of ballistic impact. This failure mode can be 

investigated through notched compression tests 

similar to those undertaken by Sivashanker et al 

(1996)[18]. The in-plane compression of HB26 was 

analyzed and the mechanisms responsible for failure 

identified. 

4.1 Experimental method 

Notched samples were cut from HB26 laminate with 

a thickness of 6 mm. The material was cut using a 

0.5 mm thick bandsaw, with the composite clamped 

between sheets of wood to prevent delamination 
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along the edges. The samples were 30 mm in width, 

60 mm in height and included a notch with root 

diameter of 2 mm and opening length of 6 mm as 

shown in Figure 4. The notch was formed by drilling 

a 2 mm diameter hole into the material and cutting 

away the material to the edges. The root of the notch 

was then sliced with a razor blade in order to give a 

more pronounced stress concentration. 

Small nylon blocks were machined to slide onto the 

top and bottom of the samples to prevent brooming 

of the composite during loading. These were 

machined to be slightly too large for the samples, so 

as to prevent damage to the sample when fitting. In 

order to provide a close fit, slips of paper were 

folded over the top and bottom of the sample to 

increase the thickness at that point.  

Vertical lines were drawn on the front surface of the 

pristine specimens to allow the progression of the 

microbuckle to be more easily seen. Lines were 

marked at 2 mm intervals from the root of the notch 

to the edge of the sample. 

A clip gauge with 5 mm of total travel and a gauge 

length of 20 mm was attached to the front face of the 

sample in order to measure remote displacement. 

The clip gauge had small, razor-ended attachments 

fitted to the arms, which were positioned 20 mm 

from the top and bottom edge of the sample on one 

of the ‘front’ faces. Elastic bands were wrapped 

around the sample and the clip gauge arm 

attachments in order to maintain the position of the 

attachments. Care was taken not to damage the 

sample with the razor edges by ensuring that the 

elastic bands were loose enough to prevent the clip 

gauge from cutting the surface of the specimen. 

The samples were tested using a screw-driven 

Instron tensometer, at a displacement rate of 0.5 

mm/min. Measurements of displacement of the 

crosshead and load applied to the sample were 

recorded by the machine and exported as a .csv file. 

The clip gauge readings were also stored and 

exported by the machine. This data was then used to 

calculate the remote stress applied to the sample. 

Accurate measurements of the width and thickness 

of the samples were taken prior to testing to ensure 

the accuracy of the stress measurements. 

The specimens were analyzed using an X-Tek XCT 

scanner, obtaining 360 images at 40 kV and 50 μA, 

as for Figure 3. This allowed the internal damage to 

be viewed, showing delamination through the centre 

of the material. Images were also obtained using a 

scanning electron microscope (SEM) to examine the 

damage visible to the plies at the edges of samples.  

4.2 Results and Observations 

The peak stress for microbuckling of HB26 was 

found to be 12 MPa, as shown in the stress vs 

displacement curve in Figure 5.  There is very little 

displacement until the onset of microbuckling, at 

which point the stress drops and the sample deforms 

at a new, approximately constant, stress. The second 

peak represents the formation of a new microbuckle 

at a secondary location, once the microbuckle has 

traveled the entire width of the sample and reached 

its maximum vertical displacement. Once formed, 

the microbuckle propagated across the sample 

quickly, forming a fine line of damage. The 

microbuckle was visible from both sides of the 

specimen, as the material deformed across its entire 

thickness. 

Figure 6 shows the progression of failure, and the 

stages the damage moves through, from a side view 

of the sample. The initial stage involves shearing of 

the matrix between the plies, creating a band of 

misaligned fibres across the sample and causing 

delamination between the plies. This band is 

inclined at approximately 30
0
 from the horizontal 

and resembles a shear band. As the applied 

displacement continues, the plies rotate further and 

the fibres within them develop kinks. This allows the 

fibres to shorten, and accommodate the continuing 

rotation.  

Once the fibres have shortened to their maximum 

extent, in other words, once they are perpendicular 

to the inclination of the shear band, the band begins 

to broaden, in an effort to dissipate strain energy and 

allow rotation of the plies to continue. When the 

plies reach a rotation of 90
0
 to their starting 

orientation, lock-up occurs and the microbuckle 

halts its growth. At this point, a ‘secondary’ 

microbuckle must form in another location if the 

load continues to be applied. 

This microbuckling mode displays the behavior of 

several different types of typical microbuckles, such 

as shear banding and plastic microbuckling.  
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Images of the side of a failed sample, with loading 

stopped just after the initial peak, (with the sample 

rotated 90
0
 compared to those in Figure 6 above) 

were taken using an SEM, and examined for signs of 

the mechanisms described. One of the SEM images 

is shown in Figure 7. This image clearly shows the 

rotation of the plies, and the edge of the shear band, 

where the fibres must shorten to accommodate the 

change in orientation. 

Both the 0
0
 and 90

0
 fibres can be seen here, but the 

fibres out of plane have been smeared by cutting 

during sample preparation, and appeared much 

thicker. This effect is more visible in Figure 8, 

where the edges of the fibres are shown to be an 

irregular shape. Layers of 0
0
 and 90

0
 fibres are in 

fact approximately the same thickness. This figure 

also shows the delamination and matrix bridging 

present in the shear band. This is a result of the 

shearing of the matrix during compression. The plies 

have rotated significantly, and have reached the 

point where band broadening would begin to occur.  

At the ‘corners’ of the band, fibre shortening is 

visible. There is no indication that fibres have been 

broken, but there are areas of buckling damage lined 

up along the change in direction of the fibres. This is 

shown in Figure 9, where the direction of viewing 

has changed from an edge on view, as in Figure 6, to 

a front view, as described in Figure 4. This shows 

only the 0
o
 plies. The kinks in the fibres can be seen 

to follow a path across the material, along the ‘peak’ 

of the microbuckle. Similar kinking is seen along the 

‘trough’. 

4.3 Discussion and Validation 

Comparing the peak stress for microbuckling to the 

failure strength of an HB26 laminate (given in Table 

1), along with the observations made during failure, 

it is clear that failure is dominated by the matrix 

properties, rather than that of the fibres. However, in 

order to confirm this, tensile recoil tests, as devised 

by Allen (1987)[1] were undertaken to find the 

compressive stress required to kink, or shorten the 

fibres.   

Single SK76 fibres were selected from a yarn, taking 

care not to damage the fibre, and a weight of known 

value was hung from it. The ends of the fibres were 

glued to paper tabs, to which the weights were then 

taped. These tabs were weighed at the end of testing 

and the added weight was found to be negligible. 

This induced a known tensile force in the fibre. The 

fibre was then sliced cleanly with a razor blade, 

causing a compressive wave to move through the 

remaining half of the fibre. When a kink in the fibre 

was first indentified, the force caused by the weight 

was taken to be the threshold value for the kinking 

force. A ‘true’ kink, for compressive failure, was 

considered to be one found well away from the 

support, as the magnitude of the wave is doubled 

here due to reflection at the support. 

For SK76 Dyneema
®
 fibres, the corresponding stress 

was found to be 362 MPa, well above the 

microbuckling stress for the HB26 composite (12 

MPa). Thus the microbuckling mode is dominated 

by the strength of the matrix in shear, with fibre 

kinking caused by ply rotation. 

5. Discussion 

5.1 Conclusions 

The microbuckling strength of HB26 has been found 

to be 12 MPa. Microbuckles form through a 

combination of mechanisms, beginning with shear 

banding, which leads to ply rotation, requiring fibre 

kinking and band broadening. The kinking 

(compressive) strength of the fibres has been 

indentified as 362 MPa from tensile recoil tests[1].  

This combination of modes has not been recorded in 

a fibre composite, therefore the study presented here 

introduces a new microbuckling mode unique to 

Dyneema
®
. 

This knowledge of the mechanics of the material 

may help to better understand the ballistic 

performance of Dyneema
®
, by providing a value for 

a mechanical property, the in-plane compressive 

strength (12 MPa), and by isolating and analyzing 

one of the failure mechanisms at work. 

5.2 Significance with regards to ballistic testing 

By identifying the separate failure mechanisms 

involved in the ballistic failure of Dyneema
®
 

composites, each one can be explored in more 

straightforward systems. These studies, in turn 

provide valuable data on the mechanics of the mode, 

which can be fed back in to ballistic models. 
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The study presented here has provided a better 

understanding of the compressive strength of the 

material, of the damage occurring during ballistic 

tests and, more specifically, of the microbuckles 

which form away from the point of impact.  

Clearly the interaction of these mechanisms must be 

investigated to fully understand ballistic failure, but 

they can be used to suggest means by which the 

composite could be improved.  

An increase in the stiffness of the matrix could 

provide benefits to the microbuckling strength, 

preventing damage from spreading through plates 

and allowing armour to remain more intact, 

improving resistance to multiple hits. 

6. Further work 

Various other mechanisms are at play in the ballistic 

failure of Dyneema
®
, such as fibre fracture, uniform 

compression under the projectile, and delamination. 

These mechanisms should be studied in more detail 

and related to the ballistic tests. Work has already 

begun to link uniform compression tests to the 

ballistic tests performed by Karthikeyan et al[11]. 

The cross-ply [0/90] arrangement is the most 

commonly studied Dyneema
®
 laminate, but other 

stacking sequences could provide benefits to the 

ballistic properties and should be investigated.  

Modelling of the material is underway [12], but the 

validation of the various methods must be 

performed, by altering some of the properties of the 

laminates in testing and comparing to model 

predictions. 

Dyneema
®
 remains a complex and challenging 

material to understand, but also an excellent 

prospect in the ballistic protection industry. Further 

study of its fundamental properties will lead to a 

more solid understanding of its behavior and the 

confidence to design for future needs. 
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Figures 

 

 

Fig. 1. An example of the 0/90 stacking sequence  of 

HB26. 

 

Grade Ply 

thickness 

(μm) 

Tensile 

strength σt 

(MPa) 

Shear 

strength 

τo (MPa) 

HB26 60 1600 2 

Table 1. Mechanical properties for laminates of HB26, all 

values from [11]. 
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Fig. 2. Sample of HB26 which has been subjected to a 

ballistic impact showing, (a) impact face at 450 m/s (b) 

close-up of damage showing microbuckling and broken 

fibres (c) back face severely deflected (d) side view 

showing deflection of back face with no penetration.  

 

 

Fig. 3. Progressive ply failure of HB26 in a quasi-static 

indentation test using a flat-bottomed punch. 

 

 

Fig. 4. Diagram of the specimen geometry used for 

notched compression testing. 
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Fig. 5. Plot of remote stress against remote displacement 

for microbuckling of an HB26 sample. 

 

 

Fig. 6. Diagram showing the key stages in the 

development of the microbuckle in HB26 from a side 

view 

 

Fig. 7. SEM image of the side edge of a failed sample, 

showing shear banding and rotation of the plies. 

 

Fig. 8. SEM image near the edge of the sample, with the 

smearing of out of plane fibres more visible, and a band 

of delamination shown. 

 

Fig. 9. SEM image showing kinks in the fibres, allowing 

them to shorten, along the shear band edge.  
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Abstract 
A well known problem for Carbon Nano Tubes 
(CNT) is the dispersion and distribution of the CNTs 
into the resin during the mixing process. By using 
more structured CNTs, as in highly aligned 
multiwall carbon nanotubes (MWCNT), better 
results in terms of dispersion and distribution is 
obtained. This work investigates the influence of a 
UD-prepreg composite manufacturing process on 
the aligned MWCNTs. The investigation shows that 
aligned MWCNTs could be processed without 
significant deformation at least if the forming 
mechanisms are known and controlled. 

1 Introduction 

During the latest decade different ways of mixing 
carbon nanotubes (CNT) into thermoset resins have 
been explored with the purpose to improve different 
physical properties [1] such as electrical 
conductivity [2], thermal conductivity and 
mechanical properties [3]. A well known problem 
with the mixing process is the dispersion and 
distribution of the CNTs into the resin, where a poor 
dispersion diminishes the effects of the CNT 
material. By using more structured CNTs, as in 
highly aligned multiwall carbon nanotubes 
(MWCNT)  [4],  [5],  [6]  better  results  in  terms  of  
dispersion and distribution are obtained. Aligned 
CNTs introduced in the interlaminar region of 
prepreg materials have been shown to increase 
mechanical properties including interlaminar 
toughness [7] and in-plane strengths [8]. 
 
Aligned MWCNTs can be grown by thermal 
catalytic chemical vapor deposition (CVD) on 
silicon  wafers  using  a  thin  catalyst  layer  of  
Fe/Al2O3 deposited by electron beam evaporation. 
CNT growth is typically performed in a tube furnace 
at atmospheric pressure using ethylene as the carbon 
source. The resulting materials have the appearance 
of a mat with out-of–plane aligned MWCNTs, that 

can be transferred to a carbon/epoxy prepreg surface 
and used as an interlayer between the carbon fibre 
layers in a stacked prepreg laminate.  
 
A  lot  of  research  has  been  done  in  the  field  of  
improving the growth process of aligned MWCNTs 
[9], [10], [11] but very little research has been 
performed on processing of the composite including 
MWCNTs on the surface of the carbon /epoxy 
prepreg layers inside the stack. In the composite 
manufacturing  process  the  MWCNTs  might  be  
affected in all process operations, in specific during 
the lay-up, forming and cure process.  
 
In the prepreg lay-up process there always exist 
some debulking operations with purpose to transport 
entrapped air out of the laminate minimizing the 
bulk factor (difference between lay-up thickness and 
cured ply thickness (CPT)). Typically this debulking 
process is performed every fourth ply in vacuum 
bag. Both compaction and shear are introduced 
during the lay-up due to the debulk operation. 
 
Forming of a pre-stacked prepreg laminate requires 
that the material undergoes different forming 
mechanisms, such as intraply shear, interply shear, 
ply bending, intraply axial loading and 
compaction/consolidation [12]. It is an assumption 
that aligned MWCNTs are sensitive to several of the 
mechanisms above. A previous work on FE-
simulations on the forming process [13] of a spar 
with recess geometry (see figure 1), shows that 
different spar areas with different lay-up are 
experiencing different degrees of in-plane shear 
during forming. Figure 2 show the in-plane shear in 
the forming simulation of the spar mentioned above 
with a [-45/45/90/0/90] lay-up. As seen in figure 2 
most shear appears in the [-45] layer in the spar 
recess area. 
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Simplified, the material transportation in UD 
prepreg during curing includes fibre bed compaction 
and  resin  infiltration  [14].  Use  of  a  non  bleed  net  
resin prepreg system limits the interply resin flow 
during the cure process while a free bleed of the 
resin out of the laminate increases the interply resin 
flow. 
 
The  aim of  this  work  is  to  investigate  the  influence  
of the composite manufacturing process on the 
aligned  MWCNT.  The  studied  process  is  a  Hot  
Drape Forming process (HDF) using a multi-stacked 
Uni-directional (UD) carbon/epoxy prepreg, where 
the MWCNTs are placed at different positions on 
the spar. 

2 Experimental 
The  study  was  performed  on  a  spar  with  recess  
geometry (see figure 1 and table 1). Based on 
previous work on FE-simulations on the forming 
process [13], areas experiencing different degrees of 
shear  during  forming  of  the  part  were  selected.  
Aligned MWCNTs [4], [8] approximately of height 
20 microns were applied in the interlayers (in 
accordance with table 2) of the multi-stacked 
prepreg  at  these  areas.  Further,  flat  specimens  as  
well  as  an  area  on  the  spar  where  no  shear  was  
expected to occur, were used as references.  The part 
was cured after forming. Evaluation of the 
MWCNTs was performed using a Scanning Electron 
Micrograph  (SEM)  with  the  aim  to  detect  
deformations in the aligned MWCNT interlayers due 
to forming. 

2.1 Material 
A 180°C cure epoxy prepreg with HT carbon fibre 
and approximately 57% fibre volume content was 
used in the experiments. The epoxy had a CPT of 
0.131 mm and did not contain any thermoplastic 
toughener particles in the matrix. 

2.2 MWCNT transfer 

Aligned MWCNTs were transferred from the silicon 
wafers to the prepreg surface by using a vacuum bag 
with controlled vacuum level and a heat source 
controlled by thermocouples. The sample was 
moderately heated during the MWCNT transfer. 

2.3 Lay-up 

Three different types of lay-ups were used in the 
experimental study to investigate the influence of the 
composite manufacturing process on the aligned 
MWCNT: A=[-45, 45], sheet size 100 x 100 mm, 
with purpose to investigate the influence of lay-up 
on a flat sample, B=[-45, 45, 90, 0, 90]s , sheet size 
100 x 100 mm,  with purpose to investigate the 
influence  of  cure  on  a  flat  sample  and  C=[-45,  45,  
90, 0, 90], sheet size 180 x 480 mm,  with purpose to 
investigate the influence of forming, see table 2. The 
fibre directions in sample C are defined in figure 3.  
Debulking during lay-up was performed with a 
vacuum bag procedure.  

2.4 Forming of spars 

The spars were formed from flat laminas stacked 
according to the test matrix, table 2. The following 
HDF process was used; The pre-stacked lamina was 
placed on top of the mould, where after the vacuum 
bag  was  loosely  sealed  on  top  of  the  lamina.  After  
heating up to 65°C, vacuum was applied forcing the 
material to form towards the mould. The vacuum 
was held until the lamina temperature was at room 
temperature. 

2.5 Cure assembly 

Sample A1 was free standing and no cure assembly 
was used. Sample B1 was sealed with tape (see 
figure 6) at the laminate edges to minimize the 
interply  resin  flow  during  the  cure  cycle.  The  cure  
assembly for sample B2 allowed free bleed (see 
figure 6) with purpose to maximize the interply resin 
flow during the cure cycle. Sample C1 was sealed 
with tape at the laminate edges (equal to sample B1).  

2.6 Cure  
Sample A1 was cured with free standing isothermal 
180°C  cure  cycle  with  a  2h  hold.  This  cure  cycle  
was chosen to minimize the cure effect on the lay-up 
results. Sample B1, B2 and C1 were cured in an 
autoclave with the following typical aerospace cure 
cycle: heating (1.5°C/min) to 180°C, 2h hold 
followed by cooling (3°C/min). 

2.7 Experimental verification 

Experimental verification was performed using a 
Scanning Electron Micrograph (SEM) to look for 
deformations, in the aligned MWCNT interlayer’s. 
The micrograph sections in sample A1, B1 and B2 
were  cut  from  mid  MWCNT  area  along  the  [0]  
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direction. The micrograph sections in sample C1 
area L were cut 20 mm from the edge along [90] 
direction and the micrograph sections in sample C1 
area J were cut 20 mm from the edge along [0] 
direction. 

3 Results 
Results  from  the  SEM  evaluation  of  the  MWCNT  
areas  in  the  samples  are  presented  in  Table  3.  The  
deformation modes detected are schematically 
shown figure 7.  The figures are  clarifications of  the 
SEM graphs which are not included here. 
 
Sample A1 which was free standing cured lay-up 
tests, showed limited buckling and local shear in the 
MWCNT interlayer but none of the samples showed 
shear deformation of type 1 to 4 or combination of 
mechanisms. 
Sample B1 and B2, which were cured with a non 
bleed and a bleed cure assembly, showed limited 
buckling and local shear in the MWCNT interlayer 
but none of the samples showed shear deformation 
of type 1 to 4 or combination of mechanisms. 
Sample  C1  area  L,  which  were  cut  from  the  spar  
web, showed buckling and local shear in MWCNT 
interlayer but not shear deformation of type 1 to 4 or 
combination of mechanisms. 
Sample C1.2 and C1.3 area J,  which were cut  from 
the recess area, showed a combination of shear 
deformation type 1 to 3 and combination of 
mechanisms  in  the  MWCNT  interlayer’s  between  
the [-45] and the [45] layer were most shear during 
forming was expected. 
Sample C1.1 area J, which were cut from the recess 
area, showed shear induced slip lines (shear type 4) 
in the MWCNT interlayer’s (between [-45] and [45] 
layer)  were  most  shear  during  forming  was  
expected.  Sample  C1.1  area  J  also  showed  shear  
deformation type 3 between the [-45] and the [45] 
layer. 
 

 

4 Discussion 

Sample A1 shows that it is not likely that shear 
deformations  (of  type  1  to  4)  in  the  MWCNT  
interlayer will appear during the lay-up process. 
These samples also show that the only influence of 
lay-up  process  on  the  MWCNT  interlayer  is  a  

limited buckling and local shear deformation (see 
figure 7a and 7b). 
 
In  sample  B2  a  cure  assembly  was  chosen  that  
allowed free bleed of resin out of the laminate with 
the purpose to maximize the interply resin flow. The 
result of this sample was compared with the result of 
sample B1 which did not allow any bleed out of the 
laminate with the purpose to minimize the interply 
resin flow. The samples showed that  it  is  not  likely 
that  shear  deformations  (of  type  1  to  4)  in  the  
MWCNT interlayer arise from the interply resin 
flow. Both samples showed limited buckling and 
local  shear  deformation  in  the  MWCNT  interlayer.  
Comparing samples A1, B1 and B3 the cure cycle 
seems  to  have  a  limited  effect  on  the  MWCNT  
interlayer deformation. 
 
Sample  C1  area  L  was  expected  to  experience  low  
degree of shear during forming. This was also seen 
in  the  results  since  no  shear  deformation  (of  type  1  
to  4)  appeared  in  the  MWCNT  interlayer  in  this  
section. Some buckling and local shear deformation 
in the MWCNT interlayer  did appear  in  sample C1.  
Based on the results of all samples (A1, B1, B2 and 
C1) limited buckling and local shear deformation 
might be introduced in either the lay-up, forming or 
the cure process. 
 
Sample C1 area J was expected to experience high 
degree of shear during forming. This was also seen 
in the results since shear deformation did appear in 
the MWCNT interlayer in this section. In some cases 
areas were found with pulled apart aligned MWCNT 
areas  (see  figure  7g).  This  was  considered  to  be  a  
combination of deformation mechanisms and not as 
pure shear. In sample C1.1 area J, shear induced slip 
lines  (shear  type  4)  in  the  MWCNT  interlayer  also  
appeared. This might depend on the level of resin 
impregnation in the MWCNT interlayer before 
forming. Shear type 4 seems less likely to happen 
than  shear  type  1  to  3  and  is  therefore  just  
considered as an observation. 
The investigation shows that aligned MWCNTs 
could be processed without significant deformation 
at  least  if  the  forming  mechanisms  are  known  and  
controlled. Taking all results in consideration it 
seems  like  the  aligned  MWCNTs  can  be  used  as  a   
visual indicator of in plane shear in the forming 
process that otherwise is not detectable, at least in 
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laminate areas which experience high degree of 
shear during forming. This far, no attempts have 
been made trying to measure the influence of the 
deformation of the MWCNTs on the properties of 
the CNT reinforced CFRP. 

5 Conclusions 
The present work aimed to investigate the influence 
of the composite manufacturing process on the 
aligned MWCNT, including lay-up, forming and 
cure. The study showed that shear deformation did 
appear  in  the  MWCNT  interlayer  when  the  
interlayer was expected to experience high degree of 
shear during forming. Shear deformations (except 
local shear) in the MWCNT interlayer did not 
appear during the lay-up or cure. The study also 
showed that limited buckling deformation can occur 
in the MWCNT interlayer during the lay-up, 
forming or cure process. 
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Table 1 Spar geometry 
Spar length [mm] 480 
Web width [mm] 70 
Flange length [mm] 55 
Transition zone length [mm] 125 
Recess depth [mm] 6.25 
Nominal thickness [mm] 0.655 
Radius recess flange [mm] 2 
Radius Straight flange [mm]  6 
 
Table 2 Process parameters 
Sample 
ID 

Sample 
geo-
metry 

Lay-
up 

MWCNT 
placement 

Cure 
assembly 

Cure No. 
of 
trials 

A1 Flat [-
45, 
45] 

Between 
[-45] and 
[ 45] 
See fig. 4 

- Free 
standing 

3 

B1 Flat [-
45, 
45, 
90, 
0, 
90]s 

Between 
Layer 1  
[-45] and 
2 [45] 
See fig. 4 

Net-resin 
(no 
bleed) 

Auto-
clave 

3 

B2 Flat [-
45, 
45, 
90, 
0, 
90]s 

Between 
Layer 1  
[-45] and 
2 [45] 
See fig. 4 

Bleed-
out 

Auto-
clave 

3 

C1 Spar  
See 
figure 
1 

[-
45, 
45, 
90, 
0, 
90] 

Between  
[-45] and 
[ 45] 
in  area  L  
and 
between 
all layers 
in area  J. 
See fig. 5 

Net-resin 
(no 
bleed) 

Auto-
clave 

3 

 
Table 3 Results 
* Also seen in SEM graphs which are not included here. 
Sample ID MWCNT area MWCNT 

deformation 
Comment 

A1 mid Limited 
buckling & 
local shear 

See fig. 7a and 
7b * 

B1 mid Limited 
buckling & 
local shear 

See fig. 7a and 
7b * 

B2 mid Limited 
buckling & 
local shear 

See fig. 7a and 
7b * 

C1 L (web) Buckling & 
local shear 

See fig. 7a and 
7b * 

C1 J  (recess area] Shear type 1 to 
4 and 
combination of 
mechanisms 

See fig. 7c to 
7g * 

 

Recess area

Transition zone

Straight flange

Recess flange

x

y

z

 
Fig. 1 C-shaped spar with a recess area 
 

 
Fig. 2 Shear in the recess flange during forming of [-45, 
45, 90, 0, 90] lay-up. 
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Fig. 3 Definition of fibre directions. 
 

 
Fig. 4 MWCNT placement in sample A1, B1 and B2 

 
Fig. 5a MWCNT placement in sample C1.1, L= Web 
area, J= Recess area 

 
Fig. 5b MWCNT placement in sample C1.2 and C1.3, L= 
Web area, J= Recess area 
 

 
Fig. 6  Resin bleed out in samples to the left and no resin 
bleed out due to sealed laminate edges in samples to the 
right. 
 

 
Fig. 7a MWCNT deformation - buckling 

 
Fig. 7b MWCNT deformation – local shear 

 
Fig. 7c MWCNT deformation – shear type 1 

Sealed laminate 
edges 

Resin bleed 
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Fig. 7d MWCNT deformation – shear type 2 

 
Fig. 7e MWCNT deformation – shear type 3 

 
Fig. 7f MWCNT deformation – shear type 4 

 
Fig.7g MWCNT deformation – combination of 
mechanisms 
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1 Introduction 

Application of carbon fiber reinforced polymers 

(CFRPs), such for Boeing 787 aircraft, enable us to 

manufacture large scale structure in the form of 

single-piece and considerable reduction of number 

of components has been achieved. Mechanical 

fastening using bolt-nut or rivets, however, is 

necessary in the final assembly of aircraft fuselage 

etc. so far. On the one side mechanical fastening has 

an advantage in assembly and technicians can 

inspect inside the structure by easy disassembly, on 

the other hand, carbon fiber composite laminates are 

sensitive to stress concentration around such as an 

open circular hole or notch, and resulted in damage 

onset in relatively low stress. For composite bolted 

joints currently applied to aerospace structures, 

thicker composite plates are used locally around the 

joints in order to assure the safety. These facts spoil 

the lightweight characteristics of carbon fiber 

composites. In addition, complicated design is 

needed because thickness change in the plate causes 

singular stress state and secondary bending moment. 

In this regard, composite bolted joints which have 

high specific strength and better robustness are 

required. Fink et al. [1,2] have been trying to deal 

with this problem by applying the concept of Fiber-

Metal Laminates (FMLs) [3] with titanium alloy 

inserted in the carbon fiber composites near the 

bolted joints. They evaluated the bearing strength 

and damage behavior in the hybrid laminates and 

showed some progressive damage analyses using 

finite element method. Authors also have been 

evaluating the application of the hybrid laminates 

with relatively thin titanium films embedded in 

CFRPs to the bolted joints [4]. They have argued 

optimization of the hybrid stacking sequence based 

on the experimental obtained bearing strength and 

damage behavior, with a concept that the titanium 

films prevent the matrix cracking in the CFRPs 

induced by the fiber kinking in adjacent 0° ply under 

bearing loading to grow. The hybrid plate is deemed 

to be not applied to the whole structure but local 

region near stress concentrations such as the bolted 

joints since the usage of the hybrid plate results in 

gain in weight because of high density of metal. In 

this situation there should be "transition region", so 

Fink et al. called, where metal volume fraction 

gradually decreased with the distance from the bolt-

hole. However, there are few papers available that 

deal with the effect of the transition region on the 

mechanical properties of the hybrid laminates. In 

this paper, the transition region in the Fiber-Metal 

laminates that consist of carbon fibers and pure 

titanium films is of interest. Strength and damage 

behavior of the hybrid laminates with the transition 

region under tensile or bending loading are 

investigated. The optimization in the configuration 

of the transition region is discussed based on the 

experimentally obtained results. 

2 Experimental 

2.1 Materials 

The hybrid laminates were assembled by laminating 

carbon fiber/epoxy prepregs (T700SC/2592, Toray) 

and pure titanium films (50m in thickness, 

Sumitomo Metals Naoetsu Works), and cured in an 

autoclave. Since one of the drawbacks in this kind of 
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hybrid laminates is the adhesion between two 

materials, surface pretreatment is often applied to 

the titanium. A sol-gel treatment is sometimes 

applied as reported in Ref. [5] though it is an 

expensive method. Based on the report in dental 

materials area [6], the titanium films here were 

soaked in hydrogen peroxide solution of 30% for 1 

hour before the lamination to improve their adhesion 

to epoxy resin. 

2.2 Double Cantilever Beam (DCB) and End 

Notched Flexure (ENF) Tests 

In order to evaluate the quality of the interlaminar 

adhesion between the titanium films and epoxy, 

DCB and ENF tests were conducted based on the JIS 

K7086. The titanium film was inserted in between 

12th and 13th ply in a unidirectional laminates [0]24, 

and a demold sheet was also inserted in one side of 

the titanium/CFRP interface to introduce an initial 

notch. The tests were conducted using the specimen 

with or without surface treated titanium films, and 

the unidirectional CFRP laminates were also used 

for the comparison. Interlaminar fracture toughness 

in mode I and II at initial crack growth GIC and GIIC 

were obtained from the DCB and ENF tests. 

2.3 Tensile and Bending Tests for the Hybrid 

Laminates containing the Transition Region 

Mechanical properties of the hybrid laminate 

containing the transition region were obtained by 

tensile and four-point bending tests. We prepared the 

FML containing four pattern of transition region as 

shown in Fig.1. As shown in Table 1 the stacking 

sequences of the FML specimen are combination of 

a quasi-isotropic carbon fiber composite laminates 

[45/0/-45/90]2s and five titanium films inserted in the 

CFRP laminates, and three types of the stacking 

sequences were applied as the specimen. Here, the 

specimen type is denoted by using stacking sequence 

type and the transition region pattern, for example, 

FML-A-1 stands for the stacking type A and the 

transition pattern 1. The quasi-isotropic CFRP 

laminates and the hybrid laminates without the 

transition region, denoted by transition pattern 0, 

were also used for comparison. Tensile tests were 

conducted by Tensilon universal testing machine 

(RTF-1350, A&D) under cross-head speed of 1.0 

mm/min. Another universal testing machine (SC-5H, 

JT TOHSI) was used for the four-point bending tests. 

The cross-head speed was 3.0 mm/min. The support 

and the loading span were 100 mm and 40 mm 

respectively, and the specimen was set on the 

support so as the middle of the transition region to 

be at the center of the testing jig as shown in Fig.2.  

 
Fig.1 Four patterns for the transition region. 

(Hybrid stacking sequence in this figure is type A.) 

Table 1 Stacking sequence of the CFRP 

and hybrid laminates. 

Specimen Stacking sequence 

Areal 

density 

[g/cm2] 

CFRP [45/0/-45/90]2S 0.35 

FML-A 
[45/0/-45/Ti/90/45/0/Ti/-45/90/Ti/ 

90/-45/Ti/0/45/90/Ti/-45/0/45] 

0.46 FML-B 
[45/Ti/0/Ti/-45/90/45/0/-45/90/Ti/ 

90/-45/0/45/90/-45/Ti/0/Ti/45] 

FML-C 
[45/0/-45/90/45/Ti/0/Ti/-45/90/Ti/ 

90/-45/Ti/0/Ti/45/90/-45/0/45] 

 

 

 
Fig.2 4 Point bending test setup. 
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3 Results and discussion 

3.1 DCB and ENF test results  

The load-COD (crack-tip opening displacement) 

curves and the load-displacement curves obtained by 

the DCB and ENF testing are shown in Fig.3 and 

Fig.4 respectively, and the interlaminar fracture 

toughness GIC and GIIC were averaged in Table 2. By 

the easy surface treatment using hydrogen peroxide 

solution these values almost double compared to that 

without the surface treatment for the titanium film, 

and approached the value for the CFRP, especially 

in GIIC. These improvements are considered to be 

due to the anchor effect by the epoxy resin that 

intrudes asperity of the titanium surface introduced 

by the treatment. Fig.5 and Fig.6 shows fracture 

surfaces after DCB and ENF tests respectively 

observed by SEM. One can see that epoxy resin did 

not remain at the titanium surface that kept smooth 

without the treatment. On the other hand, the resin 

can be seen on the pretreated titanium. These facts 

also explain the increase of the interlaminar fracture 

toughness.  
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Fig.3 Load-COD curve for DCB tests. 
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Fig.4 Load-Displacement curve for ENF tests. 

 
 

 
 

Table 2 Mode I and II fracture toughness. 

 
G

IC
 [J/m

2
] G

IIC
 [J/m

2
] 

Non-treated 35 422 
Pretreated 75 950 

CFRP 331 1137 
 

Fig.5 Fracture surface of the DCB test specimen. 

 

Fig.6 Fracture surface of the ENF test specimen. 
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3.2 Tensile and Bending Loading on the Hybrid 

Laminates containing the Transition Region   

Obtained tensile and bending strength were shown in 

Fig.7. It should be noted that plate thickness of the 

hybrid laminates containing the transition region 

slightly decreases from hybrid part to CFRP part. 

Both tensile strength and bending strength were 

calculated using the cross-section area in the hybrid 

part. As the pattern 0 specimen which is hybrid 

laminates without the transition region showed 

lower tensile strength compared to the CFRP 

laminates, this is a convincing result because the 

strength of titanium film itself is about 290MPa that 

is much lower than the strength of quasi-isotropic 

carbon fiber composite laminates of about 840MPa. 

Among hybrid laminates containing transition region, 

only FML-A series were influenced by transition 

region pattern under tensile loading. In FML-A 

series, FML-A-2 and FML-A-3 indicated higher 

tensile strength than the rest. Although no significant 

effects on the tensile strength were achieved by the 

transition region pattern in FML-B and FML-C 

series, these specimens showed a higher strength 

than FML-A series. Fig.8 shows stress-strain curves 

for the FML-A series, FML-B-2 and FML-C-2. Here, 

 Fig.7 Tensile strength and bending strength for the CFRP laminates and 

the thin titanium/CFRP fiber-metal laminates. 

 
Fig.8 Stress-strain curves for FML-A with different 

transition regions, and FML-B-2 and C-2. 

 

 
Fig.9 Initial damages in FML containing the transition 

region under stress of 300MPa. 
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strain was obtained by strain gage attached on the 

surface above the middle of the transition region. 

One can see that each behavior is almost the same, 

however, FML-A-2 showed higher fracture strain in 

the FML-A series. In addition, the fracture strain for 

FML-B-2 and FML-C-2 were also higher than that 

of FML-A series. The strain for the FML-B-2 and 

FML-C-2 were increased rapidly just before the 

fracture. It is considered that the differences in the 

stacking sequences of the hybrid laminates specimen 

result in the variation in the strain behavior and the 

tensile strength obtained. As shown in Fig.9, Among 

for all transition region patterns and all stacking 

sequences, crack in 90 layer and transverse 

cracking occurred as initial damage at the edge of 

the titanium film that inserted in the through-

thickness center of the laminate (i.e., between 90 

plies) under stress of about 300MPa, and interfacial 

delamination between titanium film and 90 ply 

occurred at almost the same time. Then, the crack in 

90 layer which occurred at the edge of the titanium 

film propagated through the 90 ply in the loading 

direction, and transverse crack occurred at the 90 

ply propagated into the 45 ply in through thickness 

direction as shown in Fig.10. Fig.11 shows damages 

near the edge of the titanium films in FML-A-1 

under stress of 660MPa. For pattern 1 where the 

titanium edges aligned on a line, matrix cracking at 

the edge of the titanium film that inserted in the 

through-thickness center of the laminate was 

connected to other cracks initiated from the edge of 

adjacent titanium films. As a result, FML-A-1 

ruptured at the edge of the titanium films, on the 

other hand pattern 2 and 3 specimen tend to rupture 

in the CFRP part as shown in Fig.12.  This is the 

reason that FML-A-1 showed lower strength than 

the rest. Next, we considered the effect of stacking 

sequence on the damage behavior and the tensile 

strength. As shown in Fig.13, on the one side cracks 

at the edge of the titanium film in 90 layer were 

also observed near the titanium edge which is not at 

the center in FML-A, on the other hand, in FML-B 

and FML-C damages of CFRP part were suppressed 

because cracks in 90 layer occurred at the edge of 

the titanium film were not observed near the 

titanium edge. This is the one reason that series of 

FML-B and FML-C showed higher strength than 

FML-A series. Fig.14 shows damage appearance of 

hybrid part in FML-A, FML-B and FML-C. 

 
Fig.10 Damages in 90° plies near the edge of the titanium 

film in FML-C-2 under stress of 730 MPa 

 

 
Fig.11 Damages near the edge of the titanium film in FML-

A-1under stress of 660MPa 

 

 
Fig.12 Damages after tensile test. 
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 In FML-A-1, the 90ply – titanium interfacial 

delamination was found to occur at not only the 

center but also other interfaces (Fig.14 (a)). It is 

interesting to note that the interfacial delamination 

could not be seen except for the center of plate for 

FML-B-3 and FML-C-2, this may be because there 

are no 90ply- titanium interfaces (Fig.14 (b) and 

(c)). It is possible to prevent delamination by 

inserting titanium films in adjacent with the 0plies, 

then as a result, tensile strength of FML-B, FML-C 

could be improved. 

 Next, we considered the effects of stacking 

sequences and transition region patterns on the 4 

point bending strength. As shown in Fig.7, among 

hybrid laminates containing transition region, FML-

B and FML-C series were influenced by transition 

region pattern and pattern 2 and pattern3 indicated 

higher bending strength than the rest. On the other 

hand, no significant effects on the bending strength 

can be seen for the transition region pattern in FML-

A series. Among all transition region patterns, FML-

B series showed a lower bending strength than 

FML-A and FML-C series. Load-displacement 

curves for FML-A-3, FML-B-3 and FML-C-3 under 

4 point bending tests shown together in Fig.15, here 

displacement indicates that of the cross-head of the 

testing machine. FML-B-3 showed gradual load 

increase until about 17mm of displacement. Then, it 

ruptured when the bending load reached the 

maximum. In FML-A-3 and FML-C-3, bending load 

was gradually decreased after the load reached the 

maximum then ruptured. Displacement at fracture of 

FML-A-3 and FML-C-3 were about 21mm and 

25mm respectively, and it was larger than FML-B-3. 

Fig.16 showed damages after four point bending test 

for FML-A-3, FML-B-3 and FML-C-3.  

 

 

 
Fig.14 Delamination at Ti-90° interface in hybrid region. 

 
Fig.15 Load-Displacement curves for FML-A-4, 

FML-B-4 and FML-C-4. 

 

 
Fig.13 Damages near the edge of the titanium film 

under stress of 730MPa 
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In this figure upper half of the laminates receive 

compression by bending. The bucking tends to be 

occurred at the edge of titanium films inserted near 

the outermost layer in FML-B-3 (Fig.16 (b)). 

Titanium films inserted near the outermost layer are 

found to let the bending strength low since the 

bucking occurred at small displacements. In FML-

A-3 and FML-C-3, no bucking occurred at the edge 

of titanium films and these specimen bear to large 

load.  

3.3 Conclusions 

The effect of stacking sequence and configuration in 

the transition region, as a result of hybrid laminates 

with locally inserted titanium films around the stress 

concentration were evaluated by the tensile and four-

point bending tests. As for the tensile strength, only 

FML-A series were influenced by transition region 

pattern. In FML-A series, the highest combination of 

tensile strength was found to be achieved for the 

stacking sequence where inner 0° plies were 

sandwiched by the titanium films and for the 

transition region that had staggered edge of the 

titanium films. Although no significant effects on 

the tensile strength were found among the transition 

region patterns in FML-B and FML-C series, these 

specimens showed a higher strength than FML-A 

series because damages of CFRP part in FML-B and 

FML-C series were suppressed. The suppression of 

the matrix cracking in 90° plies by the titanium films 

and the interfacial delamination between the films 

and carbon fiber plies except for 90° plies are 

considered to result in the high strength. 

As for the bending strength, FML-A and FML-C 

series indicated higher bending strength than FML-B 

series because the bucking was occurred at the edge 

of titanium films that inserted near the outermost 

layer under small displacements in FML-B series. 

From what has been discussed above, FML-C-2 

shows the good property in both tensile and bending 

tests. 
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Fig.16 Damages after four point bending test. 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  

 
Composite materials have been extensively used in 
various industries for past decades with significant 
successes due to their mechanical strength, design 
flexibility, reduced weight and low system cost [1], 
[2]. Based on their benefits, use of composite 
materials is expected to increase in specific sectors 
such as transport, where fuel efficiency is a key 
requirement.   An increased use of composites will 
automatically lead to increased waste, through end-
of-life (End-of-Life Directive) and from 
manufacturing waste.  The recovery and reuse of 
these heterogenous materials is a concern for all 
industries, industries such as automotive being under 
considerable pressure to recycle composite materials 
due to End-of-Life legislation and increased landfill 
costs.   [3] [4].  
 
Majority of composites consist of strong fibre 
reinforcement (glass or carbon fibres) and 
thermoplastic or thermoset resins. Various 
techniques have been reported in the past for 
recovery of the fibrous reinforcement the most 
common methods being mechanical granulation and 
fluidised bed [4] [5].  
 
Mechanical granulation is the most common and 
cost-effective way to process and recycle 
composites. Powerful breaking and grinding process 
are applied which results in a particulate end product 
that can be used as filler [6]. Despite the low-cost 
process, the recyclate loose its reinforcement 
properties being too damaged to retain any 
meaningful performance hence the less desired filler 
application.  

 
Fluidised bed or in a broader term, incineration, is 
another well-adopted processing method. The 
composite can be processed between 500 ºC and 
1000 ºC, either with or without oxygen. Previous 
results showed that it is possible to retain between 
50% and 90% of the fibre original mechanical 
property although the setup is relatively expensive 
and the process is known to generate toxic gases in 
some cases [7] [8].  
 
Hydrolysis processes using subcritical or 
supercritical water to break down thermoplastic and 
even stronger thermoset resins has been developed 
in recent years [7] [9] [11].  As water requires high 
temperature and high pressure to reach supercritical, 
once at suitable condition resins can be broken down 
and dissolved, which results in recycled fibres in an 
aqueous resin solution [7]. This allows the fibres to 
be recycled without experiencing significant 
mechanical force (mechanical granulation) and 
extreme temperatures (incineration). Although 
supercritical water can also damage the fibre, 
various studies pointed out the loss in mechanical 
property is less comparing to conventional methods. 
Several recent studies reported fibres processed by 
hydrolysis could retain approximately 70% to 90% 
of its original mechanical property [7] [9].  
 
Series of studies at University of Exeter investigated 
the mechanical properties of recycled glass fibres 
recovered through different recycling methods for 
potential use as further composite reinforcement.    
[7] [10] [11]. This study aims to strengthen the 
previous research results by investigating the 
interfacial properties of glass fibres embedded inside 
thermoset epoxy matrix through fragmentation test 
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rather than the pull-out test. Single fibre composites 
consisted of virgin, recovered and silane recoated 
recovered glass fibres were prepared for 
fragmentation tests. Critical fragment length and the 
corresponding fibre strength are obtained in 
accordance to Weibull model. This enables the 
calculation of interfacial shear strength (IFSS) and 
therefore better understanding of fibre mechanical 
properties for reuse as composite reinforcements.     
 

2 Fragmentation Test 

 
Fragmentation test was first developed by Kelly and 
Tyson in 1960s and has been widely used for 
interfacial adhesion analysis between reinforcement 
and matrix in a composite system [12] [13]. A single 
fibre composite, or model composite, with a dumb-
bell shape has to be prepared and subjected to an 
axial tension. The purpose of this axial tension is not 
to break the sample but to induce enough strain so 
the interface can be effectively disrupted. This 
normally requires a resin matrix of higher maximum 
strain than the fibrous reinforcement which results in 
the fibre breaking into small segments under the 
axial deformation. Figure 1 shows as the strain 
gradually gets higher, the embedded fibre breaks 
into increasingly smaller pieces. However, after a 
certain level of strain, the fibre fragments stop 
getting smaller, the fragment becoming too short to 
transfer enough stress to the fibre, hence no further 
fibre breakage takes place [13]. At this stage 
although the sample is not broken there is no 
requirement to continue the tensile test further as the 
strain is already at saturation level. Throughout the 
tension process the fragmentation of embedded fibre 
is closely monitored by optical microscope and at 
the end several key data are recorded, namely total 
amount of fragments and respective lengths.  
 
For interfacial shear strength (  ) calculation a 
simple force balance approach is used as the 
following equation shows [14]: 
 

c

cc

L
dL

2
)(

                             (1) 

 

where d is the fibre diameter, Lc is the critical 
fragment length and c is the fibre strength at the 
critical fragment length. As a general description, 
critical fragment length can be considered as the 
fragment length prior to the strain saturation 
therefore indicates the minimum length that is 
effective for stress transfer [15]. A more detailed 
description in the calculation of critical fragment 
length can be found elsewhere [15] but in short the 
critical fragment length (lc) can be expressed as: 
 

avgFc LL .3
4

                               (2) 

 
where LF.avg is the average fragment length at the 
end of axial tension. The c  is calculated in 
accordance to a two-parameter Weibull model, 
which has been widely used in various studies for 
analysing mechanical properties of brittle fibrous 
materials such as glass fibres [15] [16]. The model is 
given by the following equation: 
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where P is the cumulative probability of failure at 
stress   when the fibre length is L.  0  represents 
the average fibre strength obtained at gauge length 
L0, whereas Weibull modulus, m, describes the flaw 
density and can be related to the variation in fibre 
strength. The higher the m value the less fibre 
strength variation, suggesting the fibre has better 
consistency. Equation (3) can then be rearranged to 
allow calculation of the Weibull modulus, m: 
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     (4) 

 
It should be noted that the probability of failure for 
the ith fibre strength, Pi, is decided by following 
equation [16]: 
 

N
iPi

5.0
                                (5) 
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where N is the total amount of the sample tested for 
each type of the glass fibre. After obtaining average 
fibre strength 0 at gauge length L0 and Weibull 
modulus (m), critical fibre strength ( c ) at the 
critical fragment length (Lc) can be calculated 
through the equation: 
 

m
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00 )()( 








               (6) 

 
which enables the calculation of interfacial shear 
strength   in equation (1).  
 

3 Experimental Details 

3.1 Glass Fibres and Hydrolysis Process 

 

Glass fibres used for this study were supplied by 
AHLSTROM in the form a reinforced E-glass 
fabric. Single glass fibres (virgin fibres) were 
carefully extracted from the fabric. Samples were 
cleaned with weak solvent such as isopropanol, 
rinsed with deionised water and then dried for later 
use [11]. Same E-glass fabric was also used for 
composite preparation for subsequent hydrolysis 
recycling process. Composite panels consisted of 
unsaturated polyester resin and multi-ply E-glass 
fabric were prepared and then cut into pieces at 
proper size for hydrolysis process [7].  
 
The hydrolysis process was carried out by Institut 
Catholique d’Arts et Métiers (ICAM) with a lab-
scale reactor of 500 ml capacity. The reaction is a 
delicate balance between temperature, pressure, 
catalyst and time. Detailed description can be found 
in earlier studies [7] [11]. Composite samples at 40 x 
40 mm and distilled water were brought to 300°C for 
30 minutes. After the reaction glass fibres (recycled 
fibres) were dried and collected for subsequent 
sample testing.  
 

3.2 Silane Preparation and Re-Coating Process 

 
Additional silane coating was applied to the glass 
fibres collected from the hydrolysis process 
(recoated fibre). Silquest A-174NT silane coupling 

agent supplied by ACC Silicones was used for fibre 
recoating. The Silquest A-174NT silane is designed 
to form chemical bonding between fibre surface and 
resin matrix [7]. Firstly an ethanol-water mixture 
was prepared in 70:30 ratio. Acetic acid was then 
added to adjust pH value to 4.5, which is important 
for the silane activation. Finally the silane was added 
at 2.5% by weight and the solution was vigorously 
stirred for at least 2.5 hours before immediate use.  
 
A bundle of recycled fibres was added to the 
solution for 20 minutes to ensure an even coating. 
The bundle, now consisting of recoated glass fibres, 
was then collected and washed with ethanol to 
remove excessive silane solution. In order to check 
the presence of silane coating on the recovered glass 
fibres, 0.1g rhodamine B was added to 100ml 
ethanol and used as a drop test solution on the 
bundle of the coated fibres. The presence of red 
spots on the surface of the coated fibres after 
immediately washing the fibres with warm water 
indicates that vinylsilane or methacrylsilane is 
present and therefore a successful coating [7]. All 
surface observations were carried out with optical 
microscope and images captured for later 
comparison. The recoated glass fibres were dried for 
24h prior to any further testing. 
 

3.3 Fibre Morphology (SEM) 

 
All glass fibres (virgin, recycled and recoated) were 
subjected to SEM imaging for detailed observation 
on fibre surface morphology. Gold coating was 
applied to avoid build-up of surface charge and all 
samples were examined by Hitachi S-3200N 
scanning electron microscope. Images were saved 
digitally for further monitoring of fibre diameter 
variations caused by both hydrolysis and silane 
recoating processes.  
 

3.4 Single Fibre Mechanical Property Test 

 

Single fibre tensile tests were carried out on all glass 
fibres based on the method described by ASTM-D-
3379-75. Paper frames, as shown in figure 2, were 
cut for 10 mm gauge lengths and single straight 
glass fibre was then cut and fixed to the paper frame 
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using cyanoacrylate adhesive. The sample was then 
mounted in a single-fibre deformation rig equipped 
with 10N load cell and precision LDVT driving 
system, as shown in figure 3.  
 
All samples were carefully examined under optical 
microscope prior to the test for diameter 
measurements, as well as for removing samples with 
clear surface defect or damage. The edges of paper 
frame were cut off after the sample was fixed to the 
grips to avoid excessive load to the fibre. All fibres 
were tested at 2mm/min for a detailed strain-stress 
recording and minimum of 20 samples were tested 
for each type of the glass fibres.  
 

3.5 Fragmentation Test  

 

Single fibre composite samples consisting of 
individual glass fibre and epoxy resin were prepared 
in accordance to the schematic in figure 4. A 
silicone mould was used for sample preparation and 
the chosen matrix was the LY5052 supplied by 
Mouldlife, UK. This specific epoxy resin system 
was chosen for its cold-curing features as well as its 
low viscosity and slow curing rate, which makes it 
easier to degas and manipulate the composite during 
its preparation. The resin mixture was first degased 
in a vacuum chamber for removing air content and 
then gently poured into the silicone mould until it 
was half full. Once the resin became semi-cured a 
single glass fibre was place at the centre of the 
gauge length, followed by more resin mixture to fill 
the mould. The sample was then left to cure at room 
temperature for 48 hours and then oven cured at 50 
ºC for 24 hours. Once the composite was fully cured 
it was carefully removed and polished to the 
designed dumb-bell shape.  
 
Fragmentation test was carried out on a miniaturised 
material tester designed and manufactured at Exeter 
Advanced Technologies (X-AT), University of 
Exeter, as shown in figure 5. Tensile deformation 
was applied in steps at 0.25% strain and stopped at 
3.0% strain since the purpose is to induce fragments 
instead of destroy the sample.  
 
 

The sample composite was closely monitored by 
stereomicroscope, which allowed the surface strain 
to be applied incrementally by measuring the 
distance between the two surface markers. After 
reaching maximum strain (3.0%) fragments were 
then measured and counted under optical 
microscope in order to determine their lengths and 
the total number of fibre fragments. The findings 
were then used for interfacial shear strength 
calculation according to the equations described in 
section 2.  
 

4 Results  

4.1 Glass Fibre Surface Characterisation 

 

Figure 6 shows the SEM images of virgin glass 
fibres and the recovered glass fibre after hydrolysis 
process. Although it was reported hydrolysis is a less 
violent method, a significant fibre diameter 
reduction can be clearly identified. This is believed 
to have a direct influence on the fibre mechanical 
property. The effectiveness of hydrolysis is also 
demonstrated in figure 6(b). Small pieces of resin 
residual were found on the surface of recovered 
fibres, which agrees with earlier studies on the resin 
removal is likely to be approximately 80% [7].  
 
As explained in section 3.2, recovered glass fibres 
were than recoated with silane with expectation of 
improved interfacial bonding. Figure 7(a) shows the 
SEM image of recoated fibre. It appears the recoated 
fibre had smooth surface and an increased diameter, 
which are most likely due to the additional layer of 
silane coating. To ensure the evenness of silane 
coating the recoated fibres were exposed to 
rhodamine B solution and the result can be seen in 
figure 7(b). Since rhodamine B reacts to the 
presence of silane, good consistency in colouration 
and its thickness indicates the silane coating was 
evenly distributed along the fibre surface.  
 

4.2 Single Fibre Mechanical Property   

 
Results of tensile measurements for all glass fibres 
can be found in table 1. Previous results by Kao et al 
[7] are also included since all fibres were obtained 
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from the same source and treated under same 
conditions in the hydrolysis process.  
 
The test results of both virgin and recovered glass 
fibres agreed well with previous findings. The loss 
in fibre strength was significant and in general 
agreed with measurements carried out in previous 
work [7]. As to the recoated fibres, direct 
comparison was not applicable since previous work 
used a different silane solutions however certain 
amount of strength recovery was found in both 
cases.  
 

4.3 Fragmentation Test 

 
Single fibre composite samples were subjected to 
axial tension to induce fibre fragmentation. The 
occurrence and propagation of fragments were 
observed and recorded via optical microscope. 
Figure 8(a) shows the typical result of such 
fragmentation process. Multiple fragments can be 
easily identified and the software-generated scale 
allows accurate calculation of actual fragment 
lengths. Moreover, under a higher magnification, the 
end of individual fragment can be observed in better 
detail for the visual evaluation of the effectiveness 
of interfacial bonding. As seen in figure 8(b), the 
spike-like feature indicates the bonding was strong 
enough for the resin to be cracked during the 
fragmentation.  
 
The amount of fragments and the distribution of the 
lengths were recorded at the end of the test as shown 
in figure 9. As a general description it is thought that 
weak interface tends to have long fragments whereas 
more but short fragments indicate strong bonding 
[13] [14] [15].  
 
The rather scattered tail section of recovered fibre is 
thought to be induced by its inferior mechanical 
property. Although both virgin and recoated fibres 
showed similar distribution, recoated fibre appeared 
to be more concentrated with less scattering. Silane 
coating is thought to be the cause since the presence 
of coating increased the diameter and therefore the 
surface area, which could have had a positive 
influence on interfacial bonding.  
 

As a qualitative description it appeared that after 
recoating the recovered glass fibres were able to 
restore the bonding to the level similar to the virgin 
glass fibre. For a more detailed comparison 
interfacial shear strength (IFSS) were calculated so 
the differences could be quantified.  
 

4.4 Interfacial Shear Strength (IFSS) 

 
As described in section 2, Weibull model was used 
for the calculation of Weibull modulus, m, and the 
results can be found in figure 10.  
 
Following equation 6, the critical fibre strength ( c ) 
can be obtained based on 0  from table 1 and Lc 
from figure 9. The interfacial shear strength (IFSS) 
was the calculated according to equation (1). The 
results can be found in figure 11.  
 
The interfacial shear strength of a bare glass fibre 
was found at 10.03 MPa, which in general agrees 
with previous findings [17]. As to the recovered 
fibre, the IFSS was found to be much lower, 6.12 
MPa and most likely due to its inferior tensile 
strength. Interestingly, the silane recoated fibre was 
found at 6.89 MPa, which showed 12.6% 
improvement in terms of interfacial bonding but still 
much less than the virgin glass fibre. This proves the 
importance of preserving fibre strength as it was 
found to be the dominant factor for any significant 
interfacial adhesion. As to the silane recoating, its 
presence did improve the bonding although clearly it 
had a much weaker influence on the matrix-fibre 
interface. On the other hand, both recovered and 
recoated fibres reached 60% of the IFSS of virgin 
glass fibres.   Such results suggest that the recovered 
glass fibre, despite its inferior tensile strength, can 
improve its adhesion properties and depending on 
the application be reused.   
 

Conclusions 

 
Results of fragmentation tests and subsequent 
Interfacial shear strength (IFSS) analysis showed 
that for recovered glass fibres, the fibre strength was 
the most important factor regardless of the silane 
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recoating. Such coating did improve the bonding 
condition but with only limited effect. 
 
Additionally, single fibre fragmentation tensile tests 
combined with Weibull model proved to be an 
effective approach for analysing interfacial adhesion 
of individual fibres embedded in epoxy resin. It 
provides a better way than widely used pull-out test, 
which does not always reflect the actual stress 
transfer process being more prone to fibre defects 
during the testing process.  
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Fig. 1 Schematic of fragmentation test [13] 

 
 
 

 
Fig. 2 Single fibre sample and paper frame 
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Fig. 3 Fibre sample and test rig (before cut off) 

 
 
 

 
Fig. 4 Fragmentation test sample 

 
 
 

 
Fig. 5 Fragmentation test setup 

 
 
 

  
Fig. 6 Images of (a) virgin, (b) recovered glass fibres 
 
 
 

  
Fig. 7 Images of silane recoated fibre (a) SEM 
surface feature, (b) optical with rhodamine B 

 
 
 
 
 Strength (GPa) Strain (%) Diameter (μm) 
Virgin 2.08±0.48 2.31±0.81 19.79±0.66 
Virgin [7] 2.14±0.51 2.87±0.67 ---------- 
Recovered 1.03±0.25 1.46±0.77 16.54±0.77 
Recovered [7] 1.04±0.31 1.41±0.39 ---------- 
Recoated 1.40±0.32 1.52±0.57 18.56±0.59 
Recoated * 1.20±0.13 1.66±0.17 ---------- 
* Internal project update  report, different silane solution 
concentration was used 
 

Table 1 Mechanical property of all glass fibres 
 
 
 
 

 
Fig. 8 Fragmentation images (a) along the fibre and 

(b) fibre breakage 
 
 
 
 
 
 

 
(a) (b) 

(a) 
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Lc-virgin = 241.33 μm  

Lc-recovered = 366.33 μm  
Lc-recoated = 265.67 μm 

 
Fig. 9 Distribution of fragment amounts and critical 

fibre lengths of all fibres 
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This paper deals with the influence of preform type 
on the impact resistance of Carbon Fiber Reinforced 
Plastic (CFRP) stiffened panels. This work is part of 
the CoSPI project that aims at studying out-of-
autoclave processes for manufacturing aeronautical 
primary structure parts. Out-of-autoclave processes 
are studied for their lower costs and environmental 
impact when compared to prepreg processes widely 
used for primary structure parts [1]. In this paper, 
stiffened panels produced using the LRI process are 
considered. With this process, dry fabrics are laid 
up, thus complex geometries such as blade stiffeners 
have to be preformed before infusing. The influence 
of the type of preform used on the mechanical 
properties of the part is studied. Two types of 
preforms are used: powdered and knitted preforms. 

 

1 Trade-off study 

The first step of CoSPI project  involves studying 
several out-of-autoclave manufacturing processes. 
Three main processes have been tested: Resin Film 
Infusion, Liquid Resin Infusion and cold infusion. 
Two or three different resins have been tested for 
each process. The experimental set-up used is 
detailed in Fig. 1 below. For all the tested panels, the 
same type of carbon fabric has been used. 

1.1 Carbon fabrics 

In order to perform all the mechanical tests, two 
panels were produced for each set of parameters: a 
unidirectional (UD) panel and a quasi-isotropic 
panel. Thus, 32 panels were produced for the trade-
off study. All the panels were produced with 
unidirectional carbon fabrics made from High 
Resistance fibers (6K HR yarn). The nominal weight 
of the UD carbon fabric is 205 g/m². 
 

1.2 Processes 

In the past ten years, more and more products 
dedicated to infusion processes have been launched 
on the market in order to simplify the preparation of 
an infusion. Thus, many processes based on infusion 
have emerged. For this study, two of them have been 
selected, Resin Film Infusion (RFI) and Liquid 
Infusion (heated or not). Liquid infusion is the usual 
process and we chose to separate cold infusion and 
Liquid Resin Infusion (LRI). The only difference 
comes from the necessity to heat the resin or not 
during infusion. For cold infusion, infusion is 
performed at room temperature whereas for LRI, the 
resin and the toolings are heated and infusion is 
performed at temperatures around 100°C. For each 
of these processes two or three resins have been 
tested; they are presented in the next paragraph. 

1.3 Resins 

The chosen resins needed to validate several criteria: 
a glass transition temperature above 120°C and good 
impact resistance, compatible with primary structure 
expectations. The tested resins are presented in Tab. 
1 below. 
The M21 resin used the in-autoclave RFI process is 
defined as our reference. Indeed, this resin-process 
combination is very close to the prepreg process. 
The resin M21 is exactly the same and the curing in 
an autoclave respects the same cycle as that of M21 
prepregs. Thus, this reference will be used to 
compare the mechanical test results obtained with 
the other resin-process couples. 

1.4 Mechanical tests 

All the process-resin couples have been tested with 
several mechanical tests: traction on UD 0° and 90° 
and on quasi-isotropic coupons (ASTM D3039), 
Filled Hole Tension tests are also performed. 

PREFORM INFLUENCE ON MECHANICAL BEHAVIOR OF 
STIFFENED PANELS MANUFACTURED BY LIQUID RESIN 

INFUSION 
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Compression tests (ASTM D695 on UD 0°, UD 90° 
and on quasi-isotropic coupons and Open Hole 
Compression) and Compression After Impact tests. 
Shear tests are also performed by means of tensile 
tests on [+45°/-45°]3s coupons. All these standard 
tests are detailed in [2]. 
The results of the trade-off study presented Fig. 1 
are summed up in the next paragraph. 

2 Mechanical tests results 

2.1 Tensile tests 

All the tensile tests on UD 0°, UD 90° and quasi-
isotropic lay-ups have been performed according to 
ASTM D3039 standard. 
The results on UD 90° are interesting for resin 
comparison. The ultimate stresses obtained with the 
selected resins are presented in Fig. 2 below. 
Two resin-process couples present significantly 
higher performances: autoclave RFI M21 and LRI 
Cytec (in autoclave or in oven). The relative 
deviation between the ultimate stress obtained with 
the reference and the autoclave LRI Cytec is only -
3% and -7% with the LRI Cytec out of autoclave. 
Tensile tests on coupons with an isotropic lay-up 
show a slight improvement in the ultimate stress for 
autoclave processes (Fig. 3). Nevertheless, no resin-
process couple shows a significant improvement in 
the ultimate stress. 
A final tensile test was performed: Filled Hole 
Tension. Quasi-isotropic coupons were drilled and 
the 6mm hole was filled with a fastener. The 
fastener used was a 6mm bolt with two washers. The 
fastener torque applied was 10 N.m with a torque 
wrench. A tensile test was then performed on the 
coupons according to ASTM D6742 standard. The 
results are presented in Fig. 4. 
The out-of-autoclave LRI Cytec obtained the best 
results, along with autoclave M36 and autoclave 
epolam (relative deviation of +15% with the 
autoclave M21 reference).  

2.2 Compression tests 

Compression tests, as with the tensile tests, have 
been performed on UD 0°, UD 90° and quasi-
isotropic lay-up. The compression tests comply with 
ASTM D695 standard. This test is suitable for 
comparative purposes but the ultimate stresses and 
modulus values identified should be considered with 
care as stated in [3]. 

The results presented in Fig. 5 show that out-of-
autoclave LRI Cytec is also very efficient in 
compression with performances close to the M21 
autoclave. Resoltech resins HTG180E and HTG160 
are also efficient when they are cured in an 
autoclave. 
Another compression test has been performed on 
drilled coupons: Open Hole Compression test 
(ASTM D6484). For this test, liquid infusion 
autoclave processes give poorer results than the 
same processes carried out in oven. The reference 
M21 autoclave resin gives the better results just 
ahead of Cytec resin out-of-autoclave (relative 
deviation of -3%). All the results are shown in Fig. 
6. 

2.3 Compression After Impact 

These tests were very important for the project, as 
the compression residual stress is an important 
characteristic for primary structures. They were 
performed on a drop tower at IFREMER, Brest. The 
impact energy was calibrated in order to produce a 
Barely Visible Impact Damage (BVID). Thus, the 
impacts were performed with an energy of 15J in 
accordance with ASTM D7136. The impact was also 
barely visible on the non impacted faces of the 
coupons produced with the resins formulated with 
thermoplastics (LY3598, HTG180E). 
Nevertheless, residual compression stress was low 
for the coupons made with these resins when 
compared to autoclave M21 or LRI Cytec coupons. 
See Fig. 7  

2.4 Shear tests 

In-plane shear tests have been carried out from 
tensile tests on [+45/-45]3s coupons. These tests are 
detailed in ASTM D3518 [2]. Longitudinal and 
transversal strain measurements are required for this 
test. They were performed using digital image 
correlation (Aramis by GOM system). 
In this test, autoclave RFI panels perform best (M21 
and M36). Some other resin-process couples are 
near these best results: out-of-autoclave LRI cytec 
(relative deviation of -4.5% on the modulus and -
6.5% on the ultimate stress), autoclave Resoltech 
resins (-12% deviation) and out-of-autoclave 
HTG160 (-13% deviation). All these results are 
detailed in Fig. 8. 
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2.5 Conclusion on the trade-off study 

All these mechanical tests, representing 880 
coupons, have shown that the out-of-autoclave 
process can fulfill required criteria for primary 
structure parts. One resin-process couple is 
particularly interesting with regard to its mechanical 
properties: out-of-autoclave LRI Cytec. 
Manufacturing costs are also lower and confirm the 
current strong interest for this process even for 
primary structure parts as stated in [3]. Thus, LRI 
Cytec has been chosen for stiffened panels 
production. In order to produce a stiffener, preforms 
have to be made before the infusion. Two types of 
preforms have been studied in the project: powdered 
and knitted preforms. 

3 Stiffened panels production 

3.1 Process retained  

The first step of CoSPI project has shown that panels 
produced by LRI present mechanical properties and 
damage resistance close to those of panels made 
with prepreg and cured in an autoclave. Thus, this 
process has been chosen for this study in order to 
compare the influence of the type of preform on the 
mechanical behavior and the impact resistance of 
infused stiffened panels.  
The infusion set-up is detailed in Fig. 9. The carbon 
fabrics used are the same as those used for the trade-
off study. The lay-up sequence for the skin is the 
following [+45/-45/+45/-45/0/90]s. The lay-up 
sequence for the blade stiffener is [+45/-
45/0/90/+45/-45]s: see Fig. 10. The resin employed 
is Prism EP2400 from Cytec.  
The infusion is performed from above: the resin 
migrates into the skin lay-up through the thickness. 
It finally climbs into the stiffener to finish the part. 
The vacuum is pulled using a “through the vacuum 
bag” connector. This connector can be placed 
anywhere on the skin as a breather is placed between 
the vacuum bag and the microporous membrane in 
order to drain the vacuum all over the infusion lay-
up. 
A permeable counter mold has been used in order to 
obtain two clean shape surfaces on the panel. This 
counter mold is a 1mm drilled aluminum sheet. 
Two metallic angles have been placed against the 
preform in order to compact the blade stiffener. 
They have been covered with an adhesive PTFE 
glass fabric for demolding. These angles can slide on 

the counter mold in order to guarantee the 
compaction of the preform and avoid any wrinkles. 

3.2 Preform production 

The infusion process requires the use of dry fabrics 
to produce the part. These dry preforms are difficult 
to handle. In order to infuse complex shapes, several 
preforming techniques may be used. The use of 
adhesive sprays is common in the shipbuilding 
industry. For higher productivity rates, epoxy 
powder can be applied to the fabric (on one or two 
sides) after weaving. Preforms can also be obtained 
by knitting the fabrics into the desired shape. The 
choice between these techniques depends on the part 
size, its shape complexity and the number of parts to 
manufacture. For this project, powdered and knitted 
prefoms have been considered. The preforms are 
used for the blade stiffener before their assembly 
with the panel skin. 

3.2.1 Powdered preforms  
The powdered preforms were obtained by heating 
between 80°C and 100°C the one-side powdered 
carbon fabrics formed on a specific tool. The fabrics 
were vacuum-compressed to the tools. 
After heating in an oven for 30mins at 100°C, the 
preform is obtained and can be easily handled for 
preparing the infusion of the stiffened panel. 

3.2.2 Knitted preforms  
Another way to obtain a preform that can be handled 
for preparing an infusion is to knit the dry carbon 
fabrics. For the considered blade stiffeners, preforms 
were knitted using a 200 denier aramid (Kevlar) 
yarn. The density of the stitches is 1.54 per cm². 
The influence of the stitches on the impact resistance 
has often been studied in the literature [5]. The 
influence of a powdered preform on the mechanical 
behavior of the finished part, however, has rarely 
been investigated [6] and never for cold or Liquid 
Resin infusion. Several mechanical tests were 
performed on flat and stiffened panels in order to 
emphasize the preform influence. These tests are 
presented in the next section. 

4 Mechanical tests on powdered panels  

4.1 Standard tests overview 

First of all, standard tests were carried out on flat 
panels. Four panels were made. Two of them were 
composed of UD carbon fabrics without any 
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powdering. The remaining two were manufactured 
using one-side powdered carbon fabrics. 
The tests were as follows: traction on UD 0°, UD 
90° and quasi-isotropic lay-up (ASTM D3039), 
Compression on the same lay-up sequences (ASTM 
D695), In-plane shear response by tensile test of a 
±45° Laminate (ASTM D3518), Filled Hole Tension 
and Open Hole Compression (ASTM D6742 and 
D6484). 
The influence of the preform can then be analyzed 
by comparing test results between powdered and non 
powdered preforms. 

4.2 Results comparison 

The relative deviation between the mechanical 
results on powdered and non powdered coupons is 
reported in Fig. 11. Most tests have revealed a very 
slight influence of the epoxy powder on the 
mechanical results. The relative deviation is below 
7% for all the tests except for traction on UD 90° 
and Filled Hole Tension. 
The differences observed on this last test could be 
due to the preparation of the powdered coupons. The 
finish on the coupon edges obtained after waterjet 
cutting was not sharp and may have induced lower  
performances. 
Concerning traction on UD 90°, the mean result for 
ultimate stress obtained for powdered coupons is 
16% lower than the mean results on non powdered 
coupons. The ultimate stress is 65.5MPa for non 
powdered coupons and 55MPa for powdered ones. 
The standard deviation for these two series of five 
coupons is 9MPa. This standard deviation is quite 
high and could be due to small porosities in the resin 
that initiate the failure of the coupons. On UD 90°, 
the resin is stressed and leads to failure, so this lay-
up is highly dependent on small defects present in 
the resin. This observation is confirmed by autoclave 
processes, which tend to minimize the size of defects 
as the pressure increases [7]. Indeed, the standard 
deviation for ultimate tensile stress on UD 90° with 
autoclave LRI Cytec is only 2MPa. 
The other mechanical property that is studied is the 
impact resistance using a Compression After Impact 
test and non destructive tests on impacted stiffened 
panels. The tests and the results are presented in the 
following paragraph. 
 

4.3 Impact tests 

4.3.1 Compression After Impact tests 
Drop impact tests have been performed on flat 
panels to perform Compression After Impact tests 
(ASTM D7137). 
An energy of 15J was chosen as reported previously 
in 2.3. Then, Compression After Impact tests were 
performed on the impacted panels. Powdered and 
non powdered coupons again showed similar results 
for compression residual strength: see Fig. 11. 

4.3.2 Impacted stiffened panels 
The stiffened panels have a different geometry than 
the flat coupons used for Compression After Impact. 
The panel dimensions are 200mm x 200mm with a 
blade stiffener shown in Fig. 10. 
Thus, the energy impact had to be modified in order 
to obtain barely visible impact damage. An energy 
of 30J was finally chosen. We noticed that stiffener 
delamination occurs at this energy level whereas the 
impacted face remains intact. 
First of all, the impacted panels were compared by 
measuring the delaminated areas using non 
destructive ultrasonic C-scans (see Fig.12). For  both 
types of preforms, one side of the stiffener is fully 
debonded. The other side is partially debonded. For  
both panels, the results are very similar. The non 
debonded zones (with a thickness of 4mm in Fig. 
12) present the same surface and position. 
The displacements were also measured using 3D 
scan before and after impact. A comparison of the 
two scans for a section in the middle of the coupons 
clearly shows the debonding of the stiffener. A 
curved shape is also highlighted by this 
measurement due to the debonding of the stiffener 
with the skin of the panel. 

5 Conclusion 

The use of different preform processes has been 
investigated in this study. After a trade-off study 
concerning the out-of-autoclave process, the LRI 
process with Cytec Prism EP2400 resin was selected 
for its high mechanical performances (in static and 
also in impact resistance). The comparison with the 
autoclave RFI process showed that this out-of-
autoclave process could fulfill all requirements for 
primary structures. 
Stiffened panels were then produced. The panels 
present an indexed blade stiffener on a flat skin. 
Powdered and knitted preforms were studied for the 
stiffener manufacturing. First of all, mechanical tests  
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showed that epoxy powder has only a slight 
influence on the mechanical properties of the 
composite. The maximum tensile stress for UD 90° 
was the only parameter significantly impacted by the 
powdering. Surprisingly, neither the in-plane shear 
resistance nor the impact resistance are reduced. 
Finally, impact test were performed on panels 
presenting a stiffener manufactured with a powder 
preform or with a knitted preform.  Once again, the 
impact behavior was not influenced by the powder. 
These results are very encouraging for the 
development of automatic dry fiber deposition using 
epoxy powder for holding plies together. 
An extension of this study could be carried out by 
verifying whether the powder also has no impact on 
out of plane shear behavior. Furthermore, the 
quantity of powder used remained the same in this 
study. It could be interesting to verify whether a 
larger quantity could lead to variations in the 
mechanical properties of the composite. 
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Fig. 1. Experimental set-up used 

 
Fig. 2. UD 90° ultimate stress 

 
Fig. 3. Quasi-isotropic coupons: ultimate stress 
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Fig. 4. Filled Hole Tension: ultimate stress 

 
Fig. 5. Compression tests results on UD 0°, UD 90° and quasi-iso coupons 

 
Fig. 6. Open Hole Compression: ultimate stress 
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Fig. 7. Compression After Impact: ultimate stress 

 
Fig. 8. Ultimate shear stress 

 
Fig. 9. LRI set-up for blade stiffened panels 

 
 Teflonned angles  Blade preform 
 Distribution media  Skin lay-up 
 Perforated release film  Drilled aluminium sheet 
   Teflonned glass fabric 

 

Microporous membrane 

Sealant tape 

Spiral wrap 

Vacuum bag 
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Fig. 11. Relative deviation between results 

Fig. 12. 
 

Fig. 11. Relative deviation between results 

. C-scans on impacted stiffened panels with knitted preform (left) and powdered preform 

Fig. 

Fig. 11. Relative deviation between results 

scans on impacted stiffened panels with knitted preform (left) and powdered preform 

Fig. 10. Blade stiffener geometry and lay

Fig. 11. Relative deviation between results of

scans on impacted stiffened panels with knitted preform (left) and powdered preform 

Blade stiffener geometry and lay

of standard tests on powdered and non powdered coupons

scans on impacted stiffened panels with knitted preform (left) and powdered preform 

Blade stiffener geometry and lay

standard tests on powdered and non powdered coupons

scans on impacted stiffened panels with knitted preform (left) and powdered preform 

 
Blade stiffener geometry and lay-up 

 
standard tests on powdered and non powdered coupons

scans on impacted stiffened panels with knitted preform (left) and powdered preform 
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standard tests on powdered and non powdered coupons

scans on impacted stiffened panels with knitted preform (left) and powdered preform 
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standard tests on powdered and non powdered coupons 

 
scans on impacted stiffened panels with knitted preform (left) and powdered preform (right) 
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Fig. 13. Displacements in mm between impacted and non impacted panels with powdered and knitted preforms 

 
Proc
ess Reference Choice motivation 

R
FI

 

Hexcel 
M21 

Certified resin and reference for 
our trade off study. 

Hexcel 
M36 

Another certified resin (for 
prepregs) 

LR
I 

Cytec 
Prism 

EP2400 

Newly developed  
monocomponent resin for 
primary structure production 

Resoltech 
HTG180E 

Resin with thermoplastic 
addition for improving the 
impact behavior 

Huntsman 
LY3598 

In development resin for 
aeronautic industry 

C
ol

d 
In

fu
si

on
 

Epolam 
2035 

Resin with Tg > 120°C 

Huntsman 
LY5052 

Resin with Tg > 120°C 

Resoltech 
HTG160 

Resin for structural parts with 
Tg = 160°C 

Tab 1. Resins used for the trade-off study 
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The automotive industry has to address increasingly 

stringent CO2 emissions targets as well as increasing 

fuel cost. In general reduction of CO2 emissions may 

be achieved by reducing the overall weight of the 

vehicle. Battery electric (BEV) and range extender 

vehicles (REX) may be other options to reduce 

overall emissions and improve sustainability but 

they are typically associated with additional weight, 

for example due to the weight of the batteries or 

additional components. As an example for a BEV 

vehicle the Tesla Model S has a curb weight of 

2110kg [1], while a comparable combustion engine 

vehicle, such as the BMW 6series, has a curb weight 

of 1760kg [2]. 

In addition, customer expectations and safety 

requirements are continuously increasing, mostly 

leading to an increase in vehicle weight to meet 

novel safety requirements [3]. In conclusion, 

existing materials and vehicle architectures will 

mostly result in increasing weight, which may 

alleviate the possible emission reductions for BEV 

and REX vehicles. 

One option to reduce vehicle weight, which will be 

explored here, is the use of novel materials to 

improve passive safety of vehicles. In most side 

impact events the side frame, supported by the under 

floor and some additional struts, such as the seat 

cross members, will resist the intrusion into the 

passenger compartment to protect the occupants. By 

using novel sandwich materials with carbon fibre 

reinforced plastic (CFRP) face sheets the supporting 

structure may be stiffer and more suited to absorb 

and distribute the impact energy, which may 

improve crash performance and allow reductions of 

overall vehicle weight. 

In-plane crushing of sandwich structures has been 

investigated by Mamalis et. al. [4] using four 

different core materials and two different glass fibre 

reinforced face sheets to produce eight specimens. 

The specimens were tested in an unsupported 

configuration in edgewise compression and it was 

found that the mechanical properties of the core 

greatly influenced the failure of the structure and 

thus their energy absorption. The authors observed 

three general collapse modes: 

• Mode I, unstable sandwich column  

   buckling with foam core shear failure, 

• Mode II, unstable sandwich disintegration  

   with buckling of faceplates to opposite  

   directions, and 

• Mode III, progressive end-crushing of the  

   sandwich panels. 

 

The sandwich panels collapsing in Mode III reached 

the highest specific energy absorption (SEA) values. 

Similar results were reported by Stapleton and 

Adams [5] using balsa wood and polyurethane foam 

as core material and CFRP face sheets. The authors 

observed that specimens failing in Mode III had the 

highest energy absorption; however this did not in 

general occur for specimens with the highest core 

strength or stiffness. Rather, the stable collapse of 

the face-sheets was found to be the main driver for 

high energy absorption. To confirm this, Stapleton 

and Adams [6] conducted a second study were the 

face sheet to core interface was reinforced, for 

example using stitching. In all cases the specimens 

with an enhanced interface yielded higher energy 

absorption. 

Assuming stable Mode III collapse occurs, Velecela, 

Found and Soutis [7] demonstrated that the thickness 

of the face sheets largely governed energy 

absorption provided that buckling was prevented. 

Such test configurations, where the specimen sides 

are supported have first been proposed by Lavoie 

and coworkers [8,9] and have been adopted by other 
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researchers to study the energy absorption of flat 

specimens [10]. However, as argued by Feraboli 

[11] testing specimens in a fully supported 

configuration may yield inaccurate results since the 

crush failure front cannot be freely established. 

The aim of this work is thus twofold. First the 

introduction of a novel test rig for testing flat plates 

and sandwiches during dynamic impact with 

possible crush failure in different modes. Secondly, 

to study the energy absorption of several sandwich 

systems with carbon fibre face sheets during static 

and dynamic impact. 

 

2 Experimental procedures 

2.1 Test rig development 

The sandwich specimens were tested on a drop 

weight test rig. To improve the sample alignment 

and prevent buckling a special test rig was 

developed that would improve sample alignment and 

allow a more accurate recording of the crushing 

force at the impactor, see Fig. 1 and Fig. 2. Most test 

setups use a stationary specimen on a flat plate 

which is supported at the sides using guides. The 

specimen is then compressed by a flat impactor. 

However, this results in a continuously changing 

crash front location, which is also constrained at the 

sides through the guides. The first makes it difficult 

to study failure events in detail since the entire test 

area has to be captured, for example using high-

speed cameras. The second results in significant 

suppression of the delamination failure between the 

skins and core often observed for sandwiches in 

edgewise compression. This in turn may yield 

inaccurate data for designing actual components, 

since the sandwich component may not necessarily 

be constrained.  

The proposed setup therefore has a moving 

specimen and a fixed impact plate that the specimen 

is dropped onto. The rig was designed to allow 

testing of specimens of 70 x 70mm up to 120 x 

300mm and a maximum thickness of 50mm. The 

specimen is clamped at the top using a base plate, 

which was connected with a load cell. To distribute 

the reaction force at the clamp side over the entire 

specimen surface including the skins, sliding wedges 

are used that are mounted into the clamp together 

with the specimen.  

During testing the specimen falls freely into the 

alignment guides, which are semicircles on four 

sides. A flattened section at the top allows the 

sample to fall into the guides without undue friction. 

The specimen is then impacted against a flat plate 

and deforms freely over an unsupported length, 

which can be adjusted using different alignment 

sections.  

 

 
Fig 1: Digital rendering of the sandwich crushing test rig. 

 

 

Fig 2: Image of the test rig integrated into the Impact 

Tower. 
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To modify the test further, other impact plates may 

be included, for example wedges or similar. For this 

work the unsupported length was 25mm in all cases. 

The crush plate, which is a flat plate here, can be 

exchanged for a three-component load cell, which 

can mounted through a hole under the crush platen. 

A potential problem for this inverted test 

configuration however, is the fact that the debris of 

the deformed specimen accumulates at the impact 

zone. To mitigate this effect an extraction system 

may also be employed. 

 

2.2 Specimen Configuration and Manufacture 

The test specimens used in this research all had 

carbon fibre weave face sheets consisting of three 

plies with a 0/90 fibre orientation each and a 

nominal thickness of 0.2mm. The plies were aligned 

with the edges of the sandwich core, to ensure that 

the extraction orientation of the specimens did not 

affect the mechanical properties of the skins. 

Specimens were manufactured in a closed mould by 

impregnating the dry top and bottom face sheets, 

which were then placed in the mould together with 

the core material and pressed at elevated pressure. 

The injection resin was Momentive L1100 with an 

Epikure 294 curing agent. They were then tempered 

at 70°C for two hours to ensure a uniform degree of 

cure. 

In total 13 different core materials were used to 

manufacture test plates of 400x400mm, Table 1. In 

all cases the nominal core thickness was 10mm, and 

the total face sheet thickness was approximately 

0.6mm for each side. A difference between the 

nominal specimen thickness of 11.2mm and the final 

thickness was found due to post-tempering after cure 

which resulted in shrinkage and expansion of the 

cores. For the Airex C 70 Material the last two 

numbers indicate the nominal density in kg/m
3
. This 

is also true for the PUR material, while for Rohacell 

the number in the name indicates the nominal 

material density, again measured in kg/m
3
. 

 

2.3 Static Testing 

Static tests were conducted to enable setting up the 

dynamic tests and to allow a comparison between 

the static and dynamic test data. The static test 

pieces were 70mm wide and 100mm long, Fig. 3. 

Velecela and Soutis [12] studied different trigger 

configurations and concluded that from the 

investigated variations a triangular trigger with 

14deg inclination was most effective at reducing 

peak loads and was consequently used here. From 

each sandwich plate three specimens were extracted 

including the triangular trigger for quasi-static 

testing using a circular saw. After manufacture and 

milling the specimen dimensions were recorded 

using a calliper and the samples were weighed to 

later calculate the specific energy absorption (SEA). 

 

Table 1: Overview of Core Materials  

Core Material 
 

Density 
[kg/m³] 

AIREX C 70.40 40 

AIREX C 70.55 60 

AIREX C 70.75 80 

AIREX C 70.90 100 

AIREX T 92.80 85 

AIREX T 92.100 105 

PUR RG 60 60 

ROHACELL 31 IG-F 32 

ROHACELL 51 IG-F 52 

ROHACELL 71 IG-F 75 

ROHACELL 110 IG-F 110 

AMORIM CoreCork NL10 120 

BALTEK Balsawood SB 100 153 
 

 

 

 
Fig 3: Static test specimen dimensions. 
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The test-rig shown in Figs. 1 and 2 was adapted for a 

servo-hydraulic press. This was done by producing 

inserts to guide the smaller 70mm wide specimens. 

Specimens were tested at a constant displacement 

rate of v = 0.0055 m/s and a total displacement of 

50mm, Fig. 4. The average of three specimens was 

taken for the SEA and mean load. Pictures were 

taken of the specimens before and after testing. 

 

2.4 Dynamic Testing 

Dynamic impact specimens were comparable to the 

static specimens but had a length of 300mm and a 

width of 120mm, Fig. 5, with the same 14deg 

triangular trigger that was used previously for the 

static specimens. The extended length was due to a 

minimum mass and test speed that could be used in 

the drop tower, which meant that a minimum energy 

absorption was necessary for all specimens. 

 

 
Fig. 4: Airex C70.90 specimen undergoing quasi-static  

           testing. 

 

Specimens were again machined from the total 

sandwich plate using CNC milling. The sandwich 

specimens were tested on an impact tower using a 

drop weight with a mass of 17.4kg and an impact 

velocity between 5m/s and 8.2 m/s, Fig. 6. The 

impact velocity was based upon the results of quasi-

static validation experiments to ensure a reasonable 

crash length. 

For dynamic testing the sample clamp was adapted 

with two sliding wedges that were mounted into the 

clamp, together with the specimen to ensure a 

consistent application of force over the complete 

cross seection. The specimen was mounted at the top 

of the impactor. During testing guides were adjusted 

to allow the specimen to fall freely though the 

guides and onto the crush platen. The guide rails 

ended 25mm ahead of the crush platen, to enable the 

specimen to deform freely. The travel of the 

impactor was recorded using laser positioning.  

 

 
Fig. 5: Dynamic test specimen dimensions 
 

 
Fig. 6. Test setup for dynamic testing 
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To calculate the effective load the acceleration was 

recorded and calculated into an effective impact 

force using the known mass of the impactor and 

specimen. Before and after testing images of the 

specimens were taken to document specific failure 

events. During testing a high-speed camera was used 

to monitor the cross-section of the sandwich 

specimens and to enable subsequent analysis of the 

failure events during crushing. 

 

3 Experimental results 

3.1 Static testing 

For the static test results the recorded load was 

calculated into a specific energy absorption using the 

effective crushed material, Eq. 1. 

 

 

 
    

 

   
     

 

 

    (1) 

 
where W is the total absorbed energy, ρ is the 

density of the material, A the cross-section, δ the 

total crush displacement and F the Crush Force. The 

calculated results are given in Fig 7. To calculate the 

mean SEA the average of three specimens was 

taken. While this is by no means a significant 

number of test specimens it does provide an 

indication of the relative SEA, which was the main 

purpose of the static testing. Test number 31 for 

Rohacell 110 IG-F yielded a significantly higher 

load than the other two tests and this was attributed 

to the specimen having locked between the 

guiderails. The specimen was thus excluded from 

further analysis. 

 

3.2 Dynamic testing 

Dynamic test results were initially recalculated into 

force-displacement data using the measured 

acceleration, Eq. 2. 

 

       (2) 

 

The SEA was then calculated using Eq. 1. An 

overview of the dynamic test results is given in Fig. 

8. The SEA was again calculated as the average 

form three specimens. 

 

Fig 7: Mean SEA for static crush testing for different 

core materials. 

 

For the tests 49, 50 and 75 no SEA data are given, 

due wrongly recorded acceleration values. This also 

means that for Airex C70.90 no standard deviation 

can be given. 

 

 

Fig. 8: Mean SEA for dynamic crush testing for different 

core materials. 
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4 Discussion 

Comparing the static and dynamic test results in Fig. 

7 and Fig. 8 it can be seen that the dynamic SEA is 

generally markedly lower than the static SEA. For 

Balsawood the static and dynamic SEA are 

comparable. In general the dynamic test data exhibit 

a lower standard deviation than the static test data. A 

possible explanation could be the higher crushed 

specimen length for the dynamic test case where 

individual failure events are averaged out, while 

they can be dominant for the short static crush 

length. Another possible explanation could be the 

change of failure mode between the static and 

dynamic test case.  

For the same core material, SEA tends to increase 

with increasing density and this trend holds for both 

dynamic and static testing. An exception is the 

Rohacell 110 IG-F material, which exhibits a lower 

SEA than the Rohacell 71 IG-F. For similar core 

materials a strong correlation between increasing 

elastic core properties, such as compression strength 

with SEA can be observed, Table 3. However, the 

T92 materials exhibit SEA values significantly 

below C70 cores with comparable density and 

elastic properties.  

Table 2 gives an overview of the observed failure 

modes during testing. It can be seen that almost all 

specimens failed in a mode III failure, with the 

exception of Airex T92. 80, 100 and Rohacell 31 IG-

F core materials. This may explain the surprisingly 

low SEA for the Airex material in dynamic testing, 

considering their relatively high density. 

This may be explained using the qualitative failure 

events during impact.  Fig. 9 shows a comparison 

between a C70.90 and a T92.80 core material, where 

the first exhibits localized failure, while the second 

shows global bending. Mode III failure, where the 

specimen is destroyed and energy is likely absorbed 

through frictional effects and generating of new 

surfaces.  

Similarly, extended delaminating of the CFRP face 

sheets yielded lower SEA values when compared to 

localized delaminating just ahead of the point of 

impact, Fig. 10. The C70.75 core material shows 

extended delamination at the interface between face-

sheets and core, while the Cork NL10 core shows 

stable and localized core and face-sheet failure.  

Table 2: Failure Modes during static and dynamic  

testing. 

Core  
Material 

Static 
Testing 

Dynamic 
Testing 

AIREX C 70.40 III III 

AIREX C 70.55 III III 

AIREX C 70.75 III III 

AIREX C 70.90 III III 

AIREX T 92.80 III II, III 

AIREX T 92.100 III II, III 

PUR RG 60 III III 

ROHACELL 31 IG-F III I, II 

ROHACELL 51 IG-F III III 

ROHACELL 71 IG-F III III 

ROHACELL 110 IG-F III III 

AMORIM CoreCork NL10 III III 

BALTEK Balsawood SB 100 III III 
 

 

 
Fig. 9: Comparison between typical failure for an Airex    

           C70.90 (top) and T92.80 (bottom) core material 
 

 

This stable localized failure, often referred to as 

“crinkling” of the face-sheets can absorb large 

amounts of energy, due to the high stiffness of the 

carbon fibre weave. Consequently, the absolute 

mechanical properties of the core material cannot be 
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used to design sandwich systems for energy 

absorption. It seems that the interface has a 

dominant effect on SEA. 

 

 
Fig. 10: Comparison between typical failure for an 

Airex C70.75 (top) and Cork NL10 (bottom) 

core material. 

 

 

5 Summary 

Sandwich specimens with CFRP weave facesheets 

and different core materials were tested using a 

novel test rig. The test-rig proposed here has the 

advantage of having a free deformation length where 

failure can occur without constraints resulting in 

different failure modes. It was used to test specimens 

in static and dynamic compression. For Airex and 

Rohacell core materials energy absorption mostly 

increased with increasing density. Due to the unique 

test-configuration some specimens showed extended 

delaminations or global bending, resulting in low 

SEA values. From the data it could be observed that 

localized failure of the core and face-sheets resulted 

in higher energy absorption. Ongoing work is aimed 

at simulating sandwich systems during in-plane 

impact. Further work will be aimed at identifying the 

impact of face-sheets on SEA as well as studying the 

importance of the skin-core interface on SEA.  
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Table 3: Overview of some elastic properties of the core materials. 
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Compression 
Modulus 

[MPa] 41 69 104 130 70 90 36 70 92 160 5 4005 

Compression 
Strength 

[MPa] 0.45 0.90 1.45 2.00 1.00 1.40 0.40 0.90 1.50 3.00 0.30 12.90 

Tensile 
Modulus 

[MPa] 28 45 66 84 90 110 36 70 92 160 n/a 3570 

Tensile 
Strength 

[MPa] 0.70 1.30 2.00 2.70 1.90 2.30 1.00 1.90 2.80 3.50 0.60 13.20 

Shear 
Modulus 

[MPa] 13 22 30 40 17 21 13 19 29 50 6 160 

Shear 
Strength 

[MPa] 0.45 0.85 1.20 1.70 0.65 0.90 0.40 0.80 1.30 2.40 0.90 3.00 

Shear  
Strain 

[%] 8 16 18 23 30 20 n/a n/a n/a n/a n/a n/a 

 

ICCM19 5971



References 

[1] Tesla Motors. 

<http://www.teslamotors.com/models/specs%3E. 

Accessed, 2012. 

[2] BMW Group. 

<http://www.bmw.de/de/neufahrzeuge/6er-

uebersicht/coupe/2011/technische-

daten.html%3E. Accessed, 2012. 

[3] Lukaszewicz D. Automotive Composite 

Structures for Crashworthiness. Elmarakbi A 

(ed). In: (unpublished): Wiley, 2013. 

[4] Mamalis AG, Manolakos DE, Ioannidis MB, 

Papapostolou DP. On the crushing response of 

composite sandwich panels subjected to 

edgewise compression: experimental. Composite 

Structures. 2005;71: 246-57. 

[5] Stapleton SE, Adams DO. Crush initiators for 

increased energy absorption in composite 

sandwich structures. J Sandwich Structures & 

Materials. 2008;10: 331-54. 

[6] Stapleton SE, Adams DO. Structural 

enhancements for increased energy absorption 

in composite sandwich structures. J Sandwich 

Structures and Materials. 2011;13(2): 137-58. 

[7] Velecela O, Found MS, Soutis C. Crushing 

energy absorption of GFRP sandwich panels and 

corresponding monolithic laminates. Composite 

A. 2007;38: 1149-58. 

[8] Jackson K, Morton J, Lavoie JA, Boitnott R. 

Scaling of energy absorbing composite plates. J 

American Helicopter Soc. 1994;39: 17-23. 

[9] Lavoie JA, Morton J, Jackson K. An evaluation 

of the energy-absorption of laminated 

composites plates. Proc I Mech Part G-Journal 

Of Aerospace Engineering. 1995;209: 185-94. 

[10] Savona SC, Hogg PJ. Investigation of plate 

geometry on the crushing of flat composite plates. 

Comp Sci Tech. 2006;66: 1639-50. 

[11] Feraboli P. Development of a modified flat-plate 

test specimen and fixture for composite materials 

crush energy absorption. J Compos Mat. 

2009;43(19): 1967 - 90. 

[12] Velecela O, Soutis C. Crushing Morphology of 

Composite Sandwich Panels Under Edgewise 

Compression. J Compos Mat. 2009;43: 1035-49. 

[13] Lutz G. Leicht- und Sandwichbau 

<http://www.gaugler-lutz.de/leicht-

sandwichbau%3E. Accessed 28th April, 2013. 

 

 

 

 

 

 

ICCM19 5972

http://www.teslamotors.com/models/specs%3e
http://www.bmw.de/de/neufahrzeuge/6er-uebersicht/coupe/2011/technische-daten.html%3e
http://www.bmw.de/de/neufahrzeuge/6er-uebersicht/coupe/2011/technische-daten.html%3e
http://www.bmw.de/de/neufahrzeuge/6er-uebersicht/coupe/2011/technische-daten.html%3e
http://www.gaugler-lutz.de/leicht-sandwichbau%3e
http://www.gaugler-lutz.de/leicht-sandwichbau%3e


THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

1 Introduction  

Epoxy resins are widely used in the aircraft industry 

because of their low density, high strength and low 

shrinkage during curing. Application of polymer 

matrix composites to aircraft structures leads to the 

significant weight reduction and as a result to 

reduced fuel consumption, as well as CO2 emission 

and what is the most important to the higher flight 

comfort and safety. In order to withstand high loads 

transfer by components of aircraft structure usually 

polymers are strengthened by application of high 

tensile fibres, such as glass or nowadays carbon 

fibres. Composite structures applied in the aircraft 

industry besides high mechanical properties should 

also perform other important functions, especially 

high electrical conductivity. Although carbon fibres 

are conductive for electrical current, the electrical 

conductivity of epoxy - carbon fibres composites is 

still not sufficient for aircraft protection against light 

strike, what still limits their application in primary 

structures. 

Among different nanofillers carbon nanotubes 

(CNTs) are the most promising, because they hold 

potential for the realization of conducting composite 

structure, delivering an overall weight saving. CNTs 

are characterized by high strength, as well as thermal 

and electrical conductivity. Moreover, they can 

conduct high density current, and are also resistant 

to high temperature. Even small amount of CNTs, 

much below 0.1 wt.% can increase electrical 

conductivity of the polymer matrix by a few orders 

of magnitude [1]. Possibility of carbon nanotubes 

application in the aircraft industry is connected 

mainly with the electromagnetic interference 

shielding, lightening strike protection and 

electrostatic discharge.  

 

 

 

Nano-sized fillers exhibit strong tendency to form 

the agglomerates. It is a result of high surface area of 

nanofiller and interaction of van der Waals forces 

between particles. For that reason the crucial 

technological problem is to obtain uniform 

dispersion of nanofiller in the polymer matrix. In the 

literature different information about methods of 

nanofillers dispersion can be found. When the 

selection of mixing method is made not only the 

uniform dispersion should be taken into account but 

also its influence on degradation of the filler and the 

resin properties. The most often methods used for 

nanofiller dispersion are ultrasonication and three 

roll milling (calendaring) [2, 3], extrusion [4], 

mixing with application of solvents or combination 

of previous. 

Among different dispersion techniques 

ultrasonication with or without solvents is widely 

used. Application of ultrasonic makes carbon 

nanotubes dispersion easier, but it can also bring 

nanotubes damage, what leads to decrease of 

electrical and mechanical properties. In the case of 

the resin with the high viscosity the significant 

temperature increase can be observed during 

ultrasonication, and therefore there is a necessity of 

mixture cooling [5, 6]. 

Mechanical mixing by three roll milling makes use 

of shear effect realized by the three rolls placed in 

one axis, each roll goes with different speed and 

direction. Two of them, the first and the last one turn 

in the same direction, while the central one goes in 

the opposite. Also speed and distance between rolls 

can be changed in control manner. The biggest 

advantage of this method is possibility to obtain 

polymer matrix with uniform CNTs dispersion 

without tubes damage [5]. Uniform dispersion 
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obtained with this method allows to decrease 

percolation threshold much below 0.1 wt. % of 

CNTs and increases thermal conductivity about 60% 

for 5 wt.% of CNTs [7]. 

Due to the effect of unbalanced polarization and 

defects forming by chemical modification or 

functionalization the decrease in electrical 

conductivity of nanocomposites occurs [8]. 

Functionalization reduces electrical and photonic 

properties because of introducing sp3 hybridization 

defects [9, 10]. 

In order to improve the carbon nanotubes dispersion 

in the polymer matrix solvents like acetone [11, 12], 

ethanol [13-15] or dimethylformamide (DMF) [16] 

are often used. The reduction of the functional 

groups amount in the polymer, as an effect of curing 

epoxy resin in the presence of different solvents can 

lead to the decrease in the mechanical and thermal 

properties [17]. Often, in order to obtain better 

dispersion of CNTs in the polymer matrix different 

surfactants are used [18]. 

Polymer matrix nanocomposites are widely studied 

and used in recent years. Nanofillers are introduced  

in much smaller weight fraction than micro-fillers 

and even small amount of them can significantly 

change the properties of composites.  Unfortunately 

nano-sized particles have tendency to agglomerate. 

The main problem in nanocomposites manufacturing 

is to obtain the uniform dispersion in the polymer 

matrix. There is a lot of work concerning mixing 

methods of carbon nanotubes (CNT) into the 

polymer. In our work the focus is put on dispersion 

of CNT in the epoxy matrix cured at different 

temperature. The quantitative analysis was made to 

quantify the influence of different curing parameters 

on CNT dispersion, and correlation between 

electrical conductivity and degree of dispersion was 

found.  

 

2 Materials, fabrication and testing methods 

2.1 Materials  

In this work epoxy resin EPON 862 supplied by 

Hexion was used. As curing agents EPICURE W for 

high temperature curing and TETA for room 

temperature curing were applied respectively. Two 

kind of CNTs supplied by Nanocyl were applied. 

CNTs characteristic is given in the table 1 and SEM 

and TEM images are shown in fig. 5. 

2.2 Fabrication methods 

Samples were fabricated using the same mixing 

method by milling on the three roll miller. Two 

different curing agents resulting in two different 

curing temperature: 130
0
 and room temperature (RT) 

were applied. For curing at elevated temperature 

curing agent was mixed together with the resin by 

rollers, while for curing at room temperature it was 

added after mixing by rollers.  
    

2.3 Testing methods 

In this work scanning electron microscopy combined 

with image analysis methods were used for 

evaluation of carbon nanotubes distribution in the 

epoxy matrix. First, SEM images were transformed 

into digital ones and analysed using methods of 

image analysis. The imaged positions of CNTs have 

been used to define so-called Zones of Influence, ZI, 

by SKIZ method (see fig. 1). Coefficient of variation 

of the size of these regions, defined as the standard 

deviation divided by the average value, is a measure 

of uniformity in spatial dispersion of CNT. This 

coefficient is equal to zero, CV = 0, for CNT evenly 

spaced on the section of the composite. It increases 

with the increasing of non-homogeneity of their 

distribution [19]. 

Electrical conductivity was measured by Van 

der Pauw method. In this method square shaped 

electrode was used and the edges were covered with 

the silver electroconductive paste to ensure a good 

contact between the electrode and the sample. The 

current was released by two edges, while remaining 

two were used for the measurement of the voltage 

decrease. Conductivity was calculated from the Eq 

(1):  

exp(-π·t·s·RA)+exp(-π·t·s·RB)=1, (1) 

 

where: t – sample thickens, s - conductivity,  

 

RA=(V34/I12+V12/I34)/2 a 

RB=(V41/I23+V23/I41)/2 

 

In this study Keithly 6220DC was used as a source 

of electrical current, which was connected to Keithly 

218A nanovoltmeter [20]. 
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3 Results and discussion  

In this work effect of curing parameters of 

nanocomposites on carbon nanotubes dispersion was 

determined. Results of image analysis as calculated 

coefficient of variation of Zones of Influence were 

summarized with the electrical conductivity and 

percolation threshold in table 2. In fig. 2 SEM 

images and the imaged positions of CNT so called 

Zones of Influence of composites cured in different 

parameters and with different type of CNT are 

shown. In figs. 3 and 4 comparison of histograms of 

equivalent diameter distribution and area for 

different curing parameters and different type of 

carbon nanotubes are presented. 

It was found that better dispersion is observed for 

composites cured at room temperature (see fig. 3).  

However, higher electrical conductivity was found at 

higher temperature of curing. It is due to different 

type of curing agent and changes of crosslinking 

density. 

For composites with carbon nanotubes modified 

with NH2 groups distribution of Zones of Influence 

differs from non-modified CNTs. Better dispersion 

was obtained for composites cured at higher 

temperature, as well as higher electrical conductivity 

was observed. CNTs modified with amino groups 

seems to be better dispersed at 130
0
C because of the 

possible reaction of epoxy groups with epoxy groups 

in the high temperature. It helps to obtain uniform 

dispersion. However, higher electrical conductivity 

for this kind of CNT is caused not only due to better 

dispersion but also due to application of different 

curing agent.  

 

4 Conclusions 

The study shows that curing parameters of the epoxy 

resin have influence for both electrical conductivity 

and dispersion degree of nanofiller in the epoxy 

matrix. For improvement of electrical and 

mechanical properties not only kind of nanotubes or 

dispersion method are important, curing parameters 

are also meaningful and they can increase electrical 

conductivity in few order of magnitude. 
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Fig. 1 Schematic explanation of SKIZ method. 
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a)   

b)   

c)   

d)   

Fig. 2 Scanning electron microscopy images and Zones of Influences of these regions for different curing 

parameters and different type of carbon nanotubes: a) 130
0
C/NC3100; b) RT /NC3100; c) 130

0
C/NC3152; d) 

RT/NC3152. 
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a)  

b)  

Fig. 3 Histogram of distribution of equivalent 

diameter (a) and surface area (b) of composites with 

non-modified carbon nanotubes. 

a)  
 

b)  

Fig. 4 Histogram of distribution of equivalent 

diameter (a) and surface area (b) of composites 

with non-modified carbon nanotubes. 
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Fig. 5 Scanning electron microscopy and transmission electron microscopy images of carbon 

nanotubes a) non-modified; b) modified with NH2 groups. 
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Tab. 1 Carbon nanotubes characterization.  

Mark Modification 
Length 

[m] 

Diameter 

[nm] 

Purity 

[%] 

NC3152 NH2 1 9.5 >95 

NC3100 - 1.5 9.5 >95 

 

Tab. 2  Coefficient of variation of composites curing 

at different temperature. 

Curing/CNT CV(A) CV(d2) [S/m] pc 

RT /NC3100 0.97 0.45 0.03 0.087 

130
0
C/NC3100 1.02 0.53 1.87 0.033 

RT /NC3152 0.94 0.44 0.02 0.05 

130
0
C/NC3152 0.84 0.42 1.11 0.04 
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1 Introduction  
In recent years, there has been a growing renewal of 
interest in fibres derived from natural sustainable 
sources, as a result of their potential use in high 
performance composite materials.  
Because natural fibres are characterised by a large 
variability in their mechanical properties, the design 
of reliable structures based composites containing 
such natural fibres is a significant challenge for 
engineers, who are accustomed to the availability of 
consistent and accurate data for man-made fibres. 
In addition to their highly scattered mechanical 
properties, numerous fibres are characterised by a 
non-linear tensile behaviour. It has been observed by 
many authors in wood [1-5], and also in plant fibres 
such as flax [6-8] and hemp [9-12]. One of the 
typical nonlinear curve shape is plotted in Fig.1. 
 
Fig.1. Typical tensile stress-strain curve shape for 
elementary hemp fibre. The curve is divided into 3 
distinct domains. 
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The first part of this curve (I) is apparently linear up 
until a yield level (i1), beyond which a strong 
decrease in rigidity is observed (II). A second 
inflection point (i2) appears at a higher deformation, 
and is followed by a quasi-parabolic increase in 
rigidity up until final failure (III). 
 
Many hypotheses have been proposed in the 
literature to explain the nonlinear tensile behaviour 
of isolated wood or plant fibres, and the fibres' 
stiffness recovery or improvement after loading 
beyond the yield point. In the case of wood 
tracheids, Page et al. [1] confirmed a relationship 
between the nonlinear shape of the tensile curve and 
the onset of cell wall buckling. They clearly showed 
that the yield point (i1) corresponds to the onset of 
wall buckling. Eder et al. [13] also showed more 
recently that thick-walled fibres are highly resistant 
to tension buckling and that tension buckling 
therefore can only explain the nonlinearity of the 
stress-strain curve in the case of thin-walled fibre. 
Nonlinear behaviour is also frequently attributed by 
other authors to reorientations of the cellulose 
microfibrils with respect to the fibre axis, when they 
are submitted to axial loading. A linear fit was 
established between MFA and strain for coir fibres, 
by Martinschitz et al. [14]. 
 
Others authors attribute this nonlinear behaviour to 
shear deformations in the non-crystalline region, 
which can partially damage the cell wall [15], or 
provoke a stick-slip phenomenon [5]. Indeed, it is 
well-known that the elongation of the fibre induces 
shear strain inside the cell wall, between the 
cellulose microfibrils and in the matrix between the 
cellulose microfibrils . According to Keckes et al. 
[5], beyond the yield point (i1) the shear stress could 
provoke a viscous flow of the matrix. When the 
stress is released there would be no back-flow of the 

WHAT ARE THE POSSIBLE ORIGINS OF THE NONLINEAR 
TENSILE BEHAVIOUR OF HEMP FIBRES? 

 
V. Placet*, F. Trivaudey, O. Cisse, M.L. Boubakar 

Department of Applied Mechanics, FEMTO-ST Institute, Besançon, France 
* Corresponding author (vincent.placet@univ-fcomte.fr) 

 
Keywords: Hemp fibre, tensile behaviour, nonlinearity 

ICCM19 5981



matrix, but a lock-in phenomenon associated with 
immediate bond re-formation in the fibrils' new 
position.  
 
The nonlinear tensile behaviour was modelled by 
Nilsson and Gustafsson [16] for hemp fibres, by 
introducing defects into the helical structure of the 
cellulose microfibrils, and by Navi and Sedighi-
Gilani [17] who proposed a model for wood fibres 
with an elasto-plastic behaviour for amorphous 
polymers, based on the assumption of a helical, non-
uniform distribution of cellulose microfibrils in the 
fibre and damage of the amorphous constituents 
after yielding.  
 
The understanding of this particular behaviour is of 
great importance in view of the need to develop 
suitable models for bast fibres and bast fibres 
reinforced composites. This work discusses the 
possible mechanisms responsible for the nonlinear 
behaviour using experimental data and numerical 
approaches and provides a discussion of state-of-the-
art hypotheses.  

2 Experimental background 

A home-made-micro-tensile-stage was designed and 
developed in our team to apply repeated progressive 
loadings (RPL) on fibres between one and 

approximately ten millimetres in length and having a 
diameter of a few tens of microns. The stage was 
designed to be easily positioned on a microscope or 
XRD sample holder (Fig.2). 

The micro-tensile stage and the collected results are 
widely described in a previous work [12]. It 
highlighted several fundamental aspects of the 
tensile behaviour of elementary hemp bast fibres, 
which are synthesised in this paragraph. 

During tensile loading and unloading the stress-
strain curves are quasi-linear up to the yield point 
(Fig. 1a - point (i1)), as shown in Figs. 1 and 3. 
Beyond this point, the apparent rigidity of the fibre 
decreases significantly when the fibre is loaded. 
When the load is released, the fibre’s stiffness is not 
only recovered but significantly increased. The 
normalized apparent Young’s modulus can reach a 
value ranging between 2 and 4, as a function of the 
fibres at their ultimate strain [12]. When the fibre is 
re-loaded, the curve remains linear up to the 
previously applied maximum loading level, and then 
deviates again in accordance with a lower apparent 
rigidity beyond this point. 

 

 

Fig.2. Home-made micro-tensile stage with in situ observation. 
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These RPL tests clearly show that the level of the 
yield point i1 increases after each additional 
progressive loading phase. These experimental 
results also reveal the persistence of residual strain 
when the tensile load is released, regardless of the 
loading level. The residual strain accumulates as a 
function of the applied loading cycles and can 
represents up to 2% at the ultimate load. 

Fig.3. Stress-strain curves resulting from repeated 
progressive tensile loading of elementary hemp 
fibres. 
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The reversibility of the residual strain was checked 
by introducing a pause time following load release, 
for each cycle. Fig. 4 shows the stress-strain curves 
recorded for pause times of 3 hours between each 
loading cycle.  

Fig.4. Stress-strain curves of repeated progressive 
tensile loading, with a load release between each 
cycle. 
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The hysteresis occurring between load release and 
subsequent loading increases as a function of the 
pause time. This outcome demonstrates that, 
although a major component of the residual strain is 
permanent and irreversible, a minor component is 
time dependently reversible. 

In the third domain of the stress-strain curve, the 
relationship between stress and strain is slightly 
parabolic (Fig. 1). Images recorded using polarised 
light microscopy (PLM) at different loading levels 
clearly show that the dislocations gradually 
disappear from the hemp fibre during tensile testing 
(Fig. 5).  
 

Fig.5. Series of polarized light microscopy images, 
showing that during tensile testing of a hemp fibre, 
the fibre dislocations gradually disappear, at stress 
levels beyond the second inflection point (i2). 
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This result is in agreement with the work of 
Thygesen et al. [18]. In the present study it was also 
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found that the dislocations disappeared only beyond 
the second inflection point (i2). Dislocations are 
zones in the fibre in which the cell wall Microfibril 
Angle (MFA) is greater than in most other parts of 
the fibre. Beyond the stress level corresponding to 
the second inflection point, the cellulose microfibrils 
in these distorted areas are in all likelihood rotated to 
an orientation which is nearly parallel to the fibre 
axis, such that their MFA becomes very similar to 
that of the surrounding areas, and no obvious 
difference in surface reflectivity can be observed 
under polarised light. 
This deployment of the microfibrils in the 
dislocation areas is partially reversible, since the 
dislocations reappear a few minutes after the load 
has been released. As emphasized by Thygesen et al. 
[18], the straining of dislocations does not lead to a 
new stable condition. This reversibility is highly 
time-dependent, and the time constant was 
determined to be relatively short when compared 
with the value of two months reported by the above 
authors [12]. 
 

3 Modelling Cellulose Microfibril re-alignment 

The nonlinear behaviour of bast fibres is often 
attributed in literature to reorientation of the 
cellulose microfibrils with respect to the fibre axis, 
when they are submitted to axial loading [6-9,15]. 
This assumption certainly needs to be qualified, 
since although in situ polarised light microscopy 
confirmed the microfibrils' re-alignment, this 
occurred mainly in the dislocation areas, and then 
only beyond the second inflection point (i2). 
However, our results concerning the MFA should be 
interpreted with considerable caution, since the PLM 
observations were concerned mainly with the 
microfibrils on cell wall surfaces. For this reason, 
we developed a model able to take into account the 
MFA evolution as a function of the increasing 
tensile stress. 

3.1 Mathematical modelling 

The rotation of the cellulose microfibrils induced by 
the axial mechanical solicitations was obtained 
through the deformation gradient F  assuming a 

plane kinematics with respect to the re
r

 axis. 

 

Fig. 6. Theoretical evolution of the cellulose 
microfibrils before and after loading. 
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The microfibril angle (1-ψ) was calculated using the 
following equation (Eq. 1). 
 
 

0
12

0
11

0
22

sincos

sin
tan

ψψ
ψψ
FF

F

+
=   (1) 

 

3.2 FE modelling  

The fibre was modelled by a tube whose inner and 
outer diameter are respectively 4,4 µm and 13,35 
µm. A length of 1 mm has been chosen in this work. 
The 3D finite element meshing was 80, 40, 6 
elements respectively in axial, hoop and radial 
direction (Fig. 7a). Only the largest layer (S2) of the 
fibre has been taken into account, the other layers 
been neglected. The cell wall material has been 
modelled by a transversally isotropic behaviour 
(EL=75.7 GPa, ET=11.7 GPa, νLT=0.15, GLT=2.52 
GPa). These properties were calculated in a previous 
work using mixture laws [19]. A MFA of 11° 
(ψ0=79°) has been taken to define this direction in 
the virgin structure. An axial displacement has been 
imposed on the top and bottom of the fibre to obtain 
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a wide range of strain. The averaged axial stress was 
calculated from the reaction to the imposed 
displacements on the top and bottom surfaces. 
 

3.3 Numerical simulation  

The numerical simulation of the fibre behaviour has 
been carried out with ABAQUS® software. The 
computed axial stress (Fig. 7) and the apparent 
elastic modulus (Fig. 8) were plotted as a function of 
axial strain in both cases, with or without taking into 
account the microfibrils’re-orientation.  
 
Fig.7. Computed stress/strain curve with (plain) and 
without (dotted) microfibrils’ re-orientation. 
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Fig.8. Computed apparent elastic modulus with 
(plain) and without (dotted) microfibrils’ re-
orientation. 
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All along the tensile test, the microfibrils rotate from 
their initial 11° up to 5.5° for an extreme axial strain 
of 4% (Fig. 9). Fig. 7 clearly shows that when taking 

into account this progressive decrease in MFA 
during tensile test, a slight parabolic-shaped curve is 
obtained. This shape is similar to that obtained in 
part III of the experimental tensile curve. An 
additional increase in stiffness is also observed when 
taking into account this progressive re-orientation. 
Numerical simulations provide a stiffness increase 
of about 25% between 0 and 4% of axial strain, in 
comparison to the 7.5% computed without taking 
into account re-orientation (Fig. 9). 

 

Fig.9. MFA as a function of axial strain. 
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These numerical calculations confirm that the 
microfibril re-orientation can only explain partially 
the high increase in stiffness observed from an 
experimental point of view. These results seem also 
to prove that this mechanism is certainly dominant 
in the last part of the tensile curve (III). 

 

4 Discussion  

On the basis of our experimental background, of the 
above numerical results coupled with state-of-the-art 
knowledge, we propose in this paper a scenario to 
explain the complex tensile behaviour of hemp fibre. 
This scenario, summarised in Tab. 1 and Fig. 10, 
provides a basis for discussion, on a subject which 
remains largely open in the literature. The results of 
the present study will be enhanced in the near future, 
through the use of additional experimental and 
theoretical methods.  
In the first part of the typical stress-strain curve (I), 
the linear behaviour is often attributed to the elastic 
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deformation of the fibres' semi-crystalline and 
amorphous constituents.  
 
Tab.1. Possible scenario describing the various 
mechanisms contributing to the multiple 
nonlinearities of the stress-strain curve of hemp 
fibre. 
 

Segment 
(point) of the 
stress-strain 

curve 

Observations Possible mechanisms 

I Quasi-linear 
behaviour with 
slightly 
irreversible strain. 

� Elastic deformation of 
the cellulose 
microfibrils and 
amorphous polymers. 
� Slight rotation of the 
microfibrils towards a 
more parallel 
orientation. 

i1 Yield level � Matrix flow threshold: 
bonds break in the 
amorphous matrix. 

II Apparent decrease 
in fibre’ stiffness. 
Quasi-linear 
behaviour, with 
significant 
irreversible 
deformations and 
fibre stiffening 
when the load is 
released or the 
fibre is re-loaded. 

� Viscous flow of the 
amorphous components 
under shear strain and 
lock-in at a new 
position. 
� Stress-induced 
crystallization of the 
para-crystalline 
cellulose. 
� Spiral spring-like 
extension of the 
cellulose microfibrils in 
the amorphous matrix. 
 

I2 Inflection point. � Maximum flow point 
of the matrix. 
� Crystallisation 
saturation point. 

III Quasi-linear or 
parabolic. 

� Deployment of 
cellulose microfibrils in 
dislocation areas. 
� Decrease of the mean 
MFA. 
� Interfacial rupture 
between crystalline 
cellulose and the 
amorphous matrix. 

 

Fig.10. Schematic representation of the scenario 
proposed to explain the complex tensile behaviour of 
hemp fibre. 
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As shown by our measurements, irreversible strain is 
clearly present, even at these low loading levels. The 
elastic deformation of the constitutive polymers is 
certainly balanced by microstructural re-
arrangements, such as straightening of the cellulose 
microfibrils, which could lead to the observed 
residual strain effects. As proposed by Keckes et al. 
[15], beyond the yield point (i1) the shear stress in 
the fibre wall could provoke viscous flow in the 
matrix, with lock-in occurring at the new position, 
which could provide an explanation for the 
irreversible strain and significant decrease in fibre 
stiffness in the second part of the stress-strain curve 
(II). This re-arrangement of the bonds between 
amorphous macromolecules does not deteriorate the 
mechanical properties of the amorphous matrix. 
 
The shear strain affects not only the amorphous 
polymers, but also the interface between the 
cellulose microfibrils and the paracrystalline 
cellulose, as well as the interface between the 
microfibrils themselves. Paracrystalline cellulose 
could partially crystallise beyond the yield point, 
and up to the second inflection point, which possibly 
corresponds to the crystallisation saturation point. 
This hypothesis is in agreement with the conclusions 
of Astley and Donald [20]. Using in situ SAXS and 
WAXS, they showed for flax fibres, that the (200) 
peak intensity increases during deformation. This 
effect was attributed to strain-induced crystallization 
of the cellulose. According to these authors, this 
provides evidence that the non-crystalline cellulose 
chains are initially oriented, and could clearly 

ICCM19 5986



 

7  

WHAT ARE THE POSSIBLE ORIGINS OF THE NONLINEAR 
TENSILE BEHAVIOUR OF HEMP FIBRES

explain an increase in the fibres' stiffness. Clearly, 
this strain-induced crystallisation could lead to 
irreversible stiffening of the fibre in the axial 
direction. The time-reversible fibre stiffening 
component is attributed to extension of the cellulose 
microfibrils, much like that of a spiral spring, in the 
amorphous matrix. 
In the last part of the tensile curve (III), the 
aforementioned mechanisms are certainly associated 
with a significant re-alignment of the cellulose 
microfibrils. Using RPL with in situ PLM, we 
showed significant and reversible re-alignment of 
the cellulose microfibrils in the dislocation zones. 
The results collected using the developed model also 
pointed out a significant and progressive decrease in 
the mean MFA as a function of the stress level, after 
the second inflection point in the third part of the 
curve (III). The parabolic shape of this curve part is 
consistent with the one computed with a microfibril 
re-alignment. 

5 Conclusion  

Experimental tests and numerical simulations 
highlight several fundamental aspects of the tensile 
behaviour of elementary hemp bast fibres, and 
provide clues to the possible origin of the stress-
strain curve nonlinearity. The hypothesis of 
microfibril re-alignment, often proposed in 
literature, is highly questioned. Indeed, results 
clearly show that these re-alignments mainly operate 
at some point in the final stage of the tensile loading.  
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1. General Introduction  
Use of composite materials is constantly increasing for 
last few decades. Aerospace, automobiles, oil and gas 
industry, civil construction, in fact all types of industries 
are opting for these stronger, stiffer and lighter materials. 
Although these materials possess many benefits but they 
also pose challenges which require extensive research to 
build knowledge and confidence in their use. Damage is 
one such area which is complex and requires in depth 
understanding. Matrix cracking is an important type of 
damage because it is usually the first form of damage and 
leads to complex problems for example increase in 
moisture absorption by material, delamination etc. This 
work is concerned with the reduction in mechanical 
properties of unidirectional composite materials in the 
presence of matrix micro cracks. Various approaches can 
be found in literature for the analysis of transversely 
cracked laminates. E.g. shear lag, variational approach, 
stress transfer, continuum damage mechanics, finite 
element and finite strip analysis. Most of them are 
generically restrictive in one respect or another. Some are 
simple but less accurate and others provide accuracy on 
the cost of complexity. Variational approach [1] has been 
very interesting but it is restricted to number of layers at a 
particular ply orientation e.g. cross ply. A recent work 
done [2] extends variational approach to angle ply 
laminates however it applies only to two plies which 
extends to third ply due to symmetry. For complex 
loading, more general layup and complicated scenario, 
analytical models are generally intractable. A semi 
analytical finite strip model [3] which can simulate 
scenarios closer to the practical situation or lay ups 
provide compromise between the crude but simple and 
accurate but complex approach. It involves finite strip 
discretisation in one of the axis ie. (z-axis). It then further 
discretised x dimension using Fourier series. Boundary 
conditions were satisfied by variational principle The 
second order Euler Lagrange differential equation is 
solved with the help of approximate solution based on 
algebraic equations. This current work employs finite 
strip discretisation in the z-direction exactly as done in 

[3]. However it solves the Euler Lagrange differential 
equation directly using Matlab inbuilt ODE solver. This 
requires traction boundary conditions to be prescribed 
which was not required in [3]. This improvement helps to 
avoid any discretization in x direction. It also simplifies 
the procedure by employing boundary conditions directly. 
The boundary conditions are clearly derived and 
formulated for cracked and uncracked surfaces. Then the 
Euler Lagrange equation is solved with the help of Matlab 
differential equation solver by applying boundary 
conditions appropriately. Displacement boundary 
conditions are applied as it is. Stress boundary conditions 
are transformed to be represented in form of 
displacements by using constitutive equations and strain 
displacement relationship. This makes the implementation 
of finite strip method simpler and provides opportunity to 
further generalize the finite strip method. It is already 
used and benefited from as shown in [4] where varitional 
method for analysis of cracked laminate is extended. 

2. Statement of the problem 
Displacement based finite strip formulation [3] is an 
effective but complex technique which involves Fourier 
approximation to solve the Euler Langrage equation. This 
methodology can be further extended to analyze realistic 
and more complex layup with relaxed assumptions; 
however it requires simplification and clarity. The 
solution of Euler Lagrange equation can be obtained 
without approximation which is presented in this current 
work. Boundary conditions for the problem are clearly 
formulated. Then by developing computer code in Matlab 
the solution is obtained by solving Euler Lagrange 
equation which is 2nd Order ordinary differential 
equation. This makes finite strip solution clearer easier to 
understand and use. Boundary conditions are presented 
and discussed. Results are produced and compared with 
existing literature. 

DISPLACEMENT BASED FINITE STRIP ANALYSIS OF A 
CRACKED LAMINATE WITH APPROPRIATE BOUNDARY 

CONDTIONS FORMULATION  
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3. Formulation 
Li et al [3] presented displacement based generalized plan 
strain approach which deals with cracked laminated 
composites having arbitrary layup. The strain energy per 
unit depth in y-axis in the laminate is presented as [3]. For 
details see [3]. Equations below are included for 
completeness. 
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Where for each finite strip the stiffness K and force F 
matrices are as follows 
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where B matrices are defined as 
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and displacement vectors are 
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Strain vector is  
{ } [ ] Te

xyzxyzzyx
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which can be written in the form of B matrices as 
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Where strains in terms of displacement and curvature are 
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and the Euler Lagrange equation for total potential energy 
eq 1 is  
[ ]{ } [ ] [ ]( ){ } [ ]{ } { }00112 FKKKK T =+−+− θθθ   

Which can be re written as first order differential equation 
{ } { }12 θθ =  

[ ]{ } [ ] [ ]( ){ } [ ]{ } { } 001021122 =−+−+− FKKKK T θθθ  

(9) 

In [3] the author further discretises the model in one of 
the directions (x-axis) by using Fourier transformation 
which can be avoided if the above equation is solved 
directly. It requires formulation of appropriate boundary 
conditions and solving above equation directly by 
prescribing these boundary conditions. Next section 
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presents the stress and displacement conditions in form of 
traction boundary conditions. 

4. Boundary Conditions 
Consider a laminate with equally spaced cracks in the 
middle plies. It is assumed that the cracks exist from end 
to end in y-axis direction. In order to formulate and 
explain the boundary conditions, a unit cell is presented in 
Figure 1. The inset presents enlarged unit cell with two 
equally spaced cracks from a laminate. Due to symmetry 
only shaded part of the laminate (Figure 1) is required to 
be analyzed.  
At 0=x i.e. along line C, due to reflection symmetry [5] 
one has 

0=U  
(10) 

0=V  
(11) 

Due to rotational symmetry 2
xC  around symmetry line C 

[5] 

;12 uu −=  
(12) 

12 vv −=  

Where u and v  are displacements in x  direction and y  
direction. Their subscript presents location of points along 
the line through the center of each crack 
For the uncracked part, 0=xzσ  due to translational and 

rotational symmetry as explained below 

From the continuity consideration as shown in the free 

body diagrams in Figure 2,  

b
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a
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Periodic consideration as from the translational symmetry 

requires  
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The rotational symmetry about the central axis requires  

a
xz

b
xz

21 σσ −= . 

The only possibility is therefore 

021 == a
xz

b
xz σσ  

(13) 

Hence by considering translational and rotational 
symmetry [5] 

0=xzσ  

(14) 

Considering Figure 1and traction continuity [6]  
21
xxxx σσ =  

(15) 
21
xyxy σσ =  

(16) 
21
xzxz σσ =  

(17) 

Displacement can be given as  
 

xluu ε=− 12  

(18) 

xylvv γ=− 12  

(19) 

By using relationship (12) displacement boundary 
conditions at 

2
lx = are 

xlu ε
2
1

2 =  

(20) 

xylv γ
2
1

2 =  

(21) 

For the cracked parts of the laminate, since cracked 
surface is traction free surface, one has 

0=xxσ  
0=xyσ  
0=xzσ  

(22) 

Now by using above strain displacement equations 
3,4,5,6,7and 8 with constitutive equations below,  

klijklkl
C εσ =  

boundary conditions on cracked and uncracked surface 
can be defined in terms of displacement 
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Hence displacement boundary conditions on all uncracked 
surfaces are 

0=U  
(23) 

0=V  
(24) 
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and displacement boundary conditions on the cracked 
surface are 
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In order to solve equation 9, (6n+3) boundary conditions 
are required on each boundary. Each finite strip inherits 3 
boundary conditions and total no of boundary conditions 
available are 9n. 
 
For each of the nodal line on uncracked part, boundary 
conditions are equations 23,24,25 and at nodal line on 
crack surface these are 26,27 and 28. These boundary 
conditions are more in number as compared to 
requirement to solve differential equations, hence these 
are required to be applied appropriately with respect to 
three regions on the boundary, namely, Uncracked, 
cracked and cracked tip as described below 
Uncracked boundary portion  

Boundary conditions are applied to each nodal line, 
However on last and first nodal lines of each finite strip 
average are taken of both strips sharing the nodal lines. 
First two boundary conditions are displacement type U  
and V (23)(24) which are both zeros and same in any two 
adjacent uncracked elements and plies due to continuity. 
However the third one is stress boundary condition 
presented in form of displacements (25). It is actually 

shear stress in the yz plane. Its value from two adjacent 
strips at same nodal line might not be the same. Adopting 
the practice in finite elements, it is recommended that 
average of two values from adjacent strips be used. Same 
is applicable to the neighbouring nodal lines on ply 
interface due to shear stress continuity. 
Cracked boundary portion 

On cracked part of boundary all three are stress boundary 
conditions(26)(27)(28), hence average values are used for 
neighbouring strips at the common nodal line. As cracks 
only span within plies of the same ply angle, there is no 
ply interface involved. 
Crack tips 

Crack tip is a unique and critical part of the unit cell. It is 
assumed to be part of uncracked laminate and boundary 
conditions derived for uncracked part of the laminate are 
applied on the nodal line at crack tip. In vicinity of the 
crack tip, neighbouring nodal lines fall in cracked and 
uncracked region. Crack tip is assumed as a part of 
uncracked laminate hence boundary 
conditions(23)(24)(25) for uncracked laminate are applied 
.Contrary to other two types of regions shear stress 
continuity is not assumed here and average of two values 
from adjacent strips is not applied. 

5. Results and Discussion 
Equation (9) is solved with the help of Matlab inbuilt 
ODE solver. Equations (23) to (28) are the boundary 
conditions needed to reach the solution. It is applied on 
various examples available in the literature and results are 
discussed in this section. Example 1 is a standard crossply 
situation with 90º plies in center with 0º plies on outside 
as shown in Figure 4. Due to assumed symmetry around 
z-axis, only half of the unit cell is presented in Figure 4.  
Material properties are presented in Table 1. In this 
analysis the loading is given by Nxx in normal direction. 
Results presented by Li et al [3]were based on 
approximate solution through Fourier series which are 
compared with those achieved by using boundary 
conditions formulated in this work and by employing 
Matlab® solver. The comparison is presented in Figure 5 
to Figure 7. 
 
Under uniaxial tension, the distributions of stresses 

zzxx σσ ,  and xzσ in the cracked plies at ,2
1,0 tz =  and t  

are shown in Figure 5, Figure 6and Figure 7 respectively. 
All stresses are normalized with respect to 0xσ , the axial 
stress in 90º ply when the laminate is uncracked and 
subject to the same loading. These results are almost 
exactly same as compared to original work. They show 
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that the behavior of stresses is different at different z 
locations. 
 
Above example presents analyses of graphite epoxy 
crossply under unaxial tension. Same is analysed under 
pure shear loading by Hashin[1], however whole of the 
problem had to be analytically reformulated by the author. 
Current displacement based finite strip method can be 
applied directly since it has provision of applying same 
formulation for different loading situation including pure 
shear. Current scenario is same as first example apart 
from loading i.e pure shear. 
 
Figure 8 to Figure 11show the distribution of stresses xyσ  

and yzσ  at the z positions indicated when the laminate is 
under pure shear. The stresses are normalized with respect 
to 0xyσ developed in uncracked laminate subjected to the 
same loading.  
 
In original work [3] each stress component is presented in 
same plot at all the z locations. In order to compare plots 
without mixing them up two plots for each of stress 
component are presented. Figure 8 and Figure 9 presents 
behaviour of xyσ . Figure 10 and Figure 11 are for 

yzσ .Again the results are very much similar to the 
original work [3] apart from the maximum values of these 
stresses on crack tips. In case of xyσ this solution 
provides maximum value of 3.5 which is around 4.5 in 
original work. Also xyσ is not predicted with very smooth 
curve at z = t in original work. Again these approximate 
solutions show differences dependent on method 
employed e.g. Fourier series used in original work. The 
important conclusion is that the behaviour of stresses is 
very much complex on crack tip which is clearly 
presented by finite strip method and not predicted well by 
most of the methods presented in the literature.  
 
Li et al. has compared only one example of non-crossply 
laminate which is presented first in [7]. Same example is 
used to present the application of the current formulation 
on non-crossply scenario. It is [0º/-45º/+45º/90º]s  
graphite/epoxy the data is included in table 1. It is 
assumed that material is under uniaxial loading in x-axis 
direction. The most important feature of this example is 
presentation of complex behaviour of the xxσ  near crack 
tip. In [3], although this behaviour is observed and 
highlighted however stress does not vanish on crack tip. It 
was recommended to use more refined mesh and Fourier 
terms to achieve more realistic behaviour. In current 
scenario xxσ  vanish on the crack surface and shows 
complex behaviour as well. It is achieved with same 

parameters used in the original work. It is the application 
of boundary conditions formulated in this work which 
helps to achieve it with Matlab® solver. 
 
In order to get confidence in current mathematical model 
and computer program it is applied to other cases in 
literature. Data and results presented in [8] by using 
variational approach under bending load are also 
reproduced with the help of finite strip methodology. 
Material properties are presented in Table 2. 
 
Figure 13 and Figure 14 shows plot of the  zzxx σσ ,  and 

xzσ stresses for both glass epoxy and graphite/epoxy 
[0º/90º]s. These stresses are plotted on z = 0.5t which is 
mid-way through the thickness of the cracked 90º layer. 
Current analysis again shows good agreement for both 

laminates away from the crack tip. Apart from xzσ , 
where variational results underestimates the stress values. 
Finite strip approach predicts rapid stress variation near 
crack tip and smooth and stable stress behaviour away 
from it which is more realistic. It is relevant to mention 
here that original work [8] is analytical and current 
formulation is refined to have four finite strips in each 
ply. Hence results achieved by current finite strip 
formulation cannot be exactly same as original work. 
Application of this finite strip methodology with 
improved boundary conditions shows that this method can 
be applied to different lay ups and loading conditions 
without the requirement of re formulation.  
 
The stiffness reduction of the laminate with respect to the 
crack density is calculated for example 1 presented in. It 

is calculated by 
x

xx
T
NE
ε

= , where T is thickness of laminate 

and E  is effective Young’s modulus of the damage 
laminate. It is normalized with respect to 0E  i.e. effective 
Young’s modulus of virgin laminate. It is compared with 
the Hashin’s prediction in Figure 15. Difference in two 
predictions is due to the fact that Hashin’s analysis 
provides lower bound and current analysis gives upper 
bound. Similarly prediction of shear stiffness reduction 
with respect to crack density is presented in Figure 16. It 
is obtained by defining effective shear modulus of the 

laminate as 
x

xy
T
N

G
γ

= . It is normalized with respect to 0G  

which is effective shear modulus of the virgin laminate. 
 

6. Conclusions 
 
Finite strip based displacement based approach is 
effective semi analytical approach for evaluation of 
composite laminate with matrix crack. It is based on 
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generalized plain strain assumption which can be directly 
applied to any ply lap up. It has been previously 
accomplished by solving Euler Lagrange equation with 
the help of Fourier approximation [3]. It requires 
discretization of two of the axis with finite strip and 
Fourier transformation. Boundary conditions are not 
provided as Euler Lagrange equation is satisfied through 
variational method. It makes this methodology complex, 
less intuitive and restricts further development of this 
technique. This current work has solved same Euler 
Lagrange equation directly by prescribing boundary 
conditions. It does not need Fourier transformation. 
Boundary conditions are formulated in form of 
displacements and discussed fully on cracked and 
uncracked surface which has improved the methodology.  
This provides a stepping stone to extend finite strip 
approach to be further developed for even more practical 
composite systems. It opens up the option to formulate 
stress based approach to achieve lower bound for stiffness 
reduction in the presence of matrix cracks, which will be 
presented in future. 
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Figure 1: Schematic presentation of a cracked Laminate for understanding of boundary conditions 
 

Table 1: Glass & graphite epoxy properties for 
modelling matrix cracking under bending[3] 

Table 2: Properties of different composite materials 
for analysis of matrix cracking[8] 
 

 Example 1 Example  2 
 Graphite/Epoxy Graphite/Epoxy 
E1 208.3  GPa 142  GPa 
E2 6.5  GPa 9.85  GPa 
ν12 0.255 0.30 
ν23 0.413 0.46 
G12 1.65  GPa 4.48  GPa 
t 0.203mm 0.127mm 
L 0.406mm 3.048mm 

 

 Glass Epoxy Graphite Epoxy 
E1 50.0 GPa 130.0 GPa 
E2 15.20 GPa 9.70 GPa 
ν12 0.254 0.300 
ν23 0.428 0.500 
G12 4.70 GPa 5.00 GPa 
G23 3.28 GPa 3.60 GPa 
t 0.2 mm 
L 2t 
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Figure 2  Free body diagram of uncracked part to show stress continuity 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 3: : Damaged laminate with equally spaced cracks 
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Figure 4: A graphite epoxy cross ply [0º/90 º]s with cracks in 90 º plies. 

 

  
Figure 5: Normalized axial stress distribution in x 
direction in 90º ply in cross ply formation 

Figure 6: Normalized transverse direct stress distribution in x 
direction in 90º ply 

 
 

  
Figure 7: Normalized transverse shear stress in x direction in 
90º ply 

Figure 8: Normalized in plane shear stress distribution in x 
direction in 90º ply 
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Figure 9: Normalized in plane shear stress distribution in x 
direction in 90º ply  

Figure 10: Normalized transverse shear stress distribution in x-
direction in 90º ply 

 
 
 
 
 

  
Figure 11: Normalized transverse shear stress distribution in x 
direction in 90º ply 

Figure 12: Normalized axial stress distribution in x direction at 
90º ply 
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Figure 13: Stress distribution in Glass epoxy [0/90]s at z=0.5t 
under bending load  

Figure 14: Stress distribution in Graphite epoxy [0/90]s at 
z=0.5t under bending load 

 
 
 
 
 

  
Figure 15: Effective Young’s modulus reduction of [0/90º3]s 
glass/epoxy laminate 

Figure 16: Shear modulus reduction of [0/90º3]s glass/epoxy 
laminate 
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1 Introduction  

Laminated composite open cylindrical shells are 
often encountered in aircrafts, missiles, rockets and 
other engineering practices. These applications have 
attracted a great many of researchers to develop 
mathematical models to predict their vibration 
behaviours with sufficient accuracy. The history of 
the vibration analysis of laminated composite open 
cylindrical shells can be traced back to about half a 
century ago and the vibration characteristics of these 
shells with classical boundary conditions, such as 
free edges (F), simply-supported supports (S) and 
clamped restraints(C) can be predicted precisely. 
Research papers and articles oriented to such 
contributions may be found in Quta [1], Quta and 
Leissa [2], Zhao et al. [3, 4], Selmane and Lakis [5], 
Bardell et al. [6], Zhang et al. [7], Messina and 
Soldatos [8-10], Lim et al. [11], Bercin [12] and so 
on. However the shell with more complicated 
boundary conditions such as elastic restraints, mix 
boundaries, partial supports and their combinations 
is still a challenge. Moreover, the existing solution 
procedures are often only customized for a specific 
set of different boundary conditions. The vibration 
of laminated composite open cylindrical shells with 
general boundary conditions is rarely studied in 
literature. Therefore, a general method which can be 
used to determine the vibration behaviours of these 
shells accurately and efficiently is necessary and of 
great significance. In this paper, a Chebyshev-Ritz 
method is presented for the free vibration analysis of 
laminated composite open cylindrical shells with 
general elastic boundary conditions. The 
displacements of the shell are generally expanded, 
regardless of boundary boundaries, as Chebyshev 
polynomial series. Several examples are given to 
demonstrate the accuracy and effectiveness of the 
current solution. The proposed solution can be 
readily extended to shells with nonuniform boundary 
supports. 

2 Theoretical Formulations 

2.1 Preliminaries 

The model considered is shown in Fig. 1, where a 
orthogonal coordinate system(x, θ, z) is fixed on the 
middle surface of the shell. The x co-ordinate is 
taken in the axial direction of the shell, and the θ  
and z co-ordinates are, respectively, in the 
circumferential and radial directions. This shell is 
considered to be thin and of length L, mean radius R, 
thickness h and shallowness angle θ0.  The linear 
displacements of the shell in the x, θ and z directions 
are denoted by u, v and w, respectively. The general 
boundary conditions of the shell are implemented by 
introducing a set of continuously distributed linear 
and rotational springs at each of the shell ends, and 
determined by the stiffness of these springs. 
Specifically, 0

u
xk , 0

v
xk , 0

w
xk  and 0

w
xK  denote the set 

of springs distributed along the edge x=0. Similarly, 
by replacing the subscript x0 with x1, θ0 and θ1, the 
other three sets of continuously distributed boundary 
springs at corresponding ends can be denoted 
respectively. The classical boundary conditions can 
be seen as special cases of elastic support conditions. 
For instance, a clamped boundary condition can be 
generated by simply setting the stiffnesses of all the 
springs equal to infinite (which is represented by a 
very large number, 1012 N/m). Inversely, a free 
boundary is gained by setting the stiffnesses of all 
the springs equal to zero. In addition, the C-S-SD-F 
denotes a shell with champed, simply-supported, 
shear-diaphragm and free boundary conditions at 
edges x=0, θ=0, x=1 and θ=1, respectively. 
The shell is laminated by arbitrary number of liner 
orthotropic plies which are bonded together rigidly. 
The included angle between the principal direction 
of material axis and the x axis of the shell is denoted 
by β. Accordingly, the distances from the top 
surface and the bottom surface of the k’th ply to the 
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referenced middle surface are represented by Zk+1 
and Zk. 
On the basis of Reissner-Naghdi’s theory, the strains 
in the middle surface and curvature changes are 
written as: 

2
0

2,x x
u w
x x

ε χ∂ ∂
= = −
∂ ∂  

 
2

0
2,v w v w

R R R R Rθ θε χ
θ θ θ

∂ ∂ ∂ = + = − ∂ ∂ ∂ 
        (1) 

2
0 , 2x x

v u v w
x R x R R xθ θε χ

θ θ
∂ ∂ ∂ ∂ = + = − ∂ ∂ ∂ ∂ ∂ 

 

The linear strain-displacement relations in the shell 
space are defined as: 

0 0

0

,x x x

x x x

z z
z

θ θ θ

θ θ θ

ε ε χ ε ε χ

ε ε χ

= + = +

= +
             (2) 

The constitutive equations relating the force and 
moment resultants to strains and curvatures of the 
middle surface are given in the matrix forms as [13]: 

0
11 12 16 11 12 16

0
12 22 26 12 22 26

0
16 26 66 16 26 66

11 12 16 11 12 16

12 22 26 12 22 26

16 26 66 16 26 66

x x

x x

x x

x x

N A A A B B B
N A A A B B B
N A A A B B B
M B B B D D D
M B B B D D D
M B B B D D D

θ θ

θ θ

θ θ

θ θ

ε
ε
ε
χ
χ
χ

    
    
    
    

=     
    
    
    

          

(3) 

where Nx, Nθ and Nxθ represent the normal and shear 
force resultants. Mx, Mθ and Mxθ denote the bending 
and twisting moment resultants. Aij, Bij, and Dij are 
the stretching, coupling and bending stiffness 
coefficients, defined as: 

1
1

2 2
1

1

3 3
1

1

( )

1
2
1
3

L

L

L

N
k

ij ij k k
k

N
k

ij ij k k
k
N

k
ij ij k k

k

A Q Z Z

B Q Z Z

D Q Z Z

+
=

+
=

+
=

= −

 = − 

 = − 

∑

∑

∑

               (4) 

in which NL is the amount of the plies. k
ijQ denote 

the transformed reduced stiffness. For the k’th 
orthotropic ply, the transformation stiffness matrix is 
defined as: 

11 12 16 11 12

12 22 26 12 22

6616 26 66

0
* 0 *

0 0

k k k

k k k T

k k k

Q Q Q Q Q
Q Q Q Q Q

QQ Q Q

 
  
   =   
    

T T (5) 

where T is the transformation matrix of the k’th ply. 
Qij are the constants relating stresses with strains. 

2 2

2 2

2 2

2
2

m n mn
n m mn
mn mn m n

 −
 =  
 − − 

T                      (6) 

1 12 2
11 12 21

12 21 12 21

2
22 66 12

12 21

1 1

1

E EQ Q Q

EQ Q G

µ
µ µ µ µ

µ µ

= = =
− −

= =
−

(7) 

where m=cos(β) and n=sin(β) are the direction 
coefficients of the ply. E1 and E2 are the Yong’s 
moduli in the principal directions, µ12 and µ21 are the 
corresponding Poisson’s ratios. It should be noted 
that the Poisson’s ratios are governed by equation 
µ12E2=µ21E1. G12 is the shear modulus. An isotropic 
shell model can be obtained by letting E1= E1. G12= 
E1/ 2(1+µ12). 
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Fig. 1. The geometry and cross-sectional view of a 
general elastically supported laminated composite open 
cylindrical shell 
 

2.2 Energy Formulation  

The potential energy of the laminated composite 
open cylindrical shell can be depicted as: 

0 0 01
2

x x x x
V

A x x x x x x

N N N
U dA

M M M
θ θ θ θ

θ θ

ε ε ε
χ χ χ

 + +
=  

+ + + 
∫∫    (8) 

where A represents the mid-surface area of the 
shell. Substituting Eq. (1) and Eq. (3) into Eq. (8), 
the potential energy function of the shell can be 
written in terms of displacements and divided into 
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three components i.e. stretching strain energy (US), 
bending strain energy (UB) and bending–stretching 
coupling energy (USB) [1]. 
The kinetic energy of the shell is given as: 

2 2 2

2

s

k A

u v wT dA
t t t

ρ  ∂ ∂ ∂      = + +      ∂ ∂ ∂       
∫    (9) 

in which 
1

1

k

k

N Zs k

Z
k

dzρ ρ+

=

 =  
 
∑∫  

where ρk denotes the density of k’th ply. 
The potential energy store in the boundary springs 
(USP) is defined as: 

0

2
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2
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θ θ θ θ θ θ

=

=

=

=

 ∂ + + +  ∂   =  
∂  + + + +   ∂  

 ∂ + + +  ∂  + 
∂  + + +   ∂ 

∫

L

dL








∫

 

2.3 Admissible Displacement Functions 

In this paper, the Chebyshev polynomials of first 
kind are used to expand each displacement of the 
shell. Since these polynomials are defined on 
interval of [-1, 1], for simplicity and convenience in 
mathematical formulation, two non-dimensional 
parameters are introduced as following: 

02 2
x
L

θε ϑ
θ

= =                       (10) 

The admissible displacement functions of the 
laminated composite open cylindrical shells can be 
expanded as  

1 1

0 0
( ) ( )

M N

mn m n
m n

u A P Pε ϑ
− −

= =

= ∑∑                          

1 1

0 0
( ) ( )

M N

mn m n
m n

v B P Pε ϑ
− −

= =

= ∑∑                   (11) 

1 1

0 0
( ) ( )

M N

mn m n
m n

w C P Pε ϑ
− −

= =

= ∑∑                          

where Amn, Bmn and Cmn are corresponding expanded 
coefficients. Ps (α) (α=ε, ϑ) are the s’th Chebyshev 
polynomial of first kind which can be written in 
terms of cosine functions as follows: 

( ) cos[ arccos( )] ( 0,1,2, )sP s sα α= =   (12) 

2.4 The Solution Procedure 

The Lagrangian energy function of the shell is 

k V sprL T U U= − −                  (13) 
By minimizing the total expression of the 
Lagrangian energy function with respect to 
undetermined coefficients 

0 , ,mn mn mn
L A B Cζ
ζ
∂

= =          (14) 

a total of 3∗M∗N equations related to corresponding 
coefficients can be achieved and summed up in 
matrix form as: 

2( )ω−K M G 0=                     (15) 
in which K is the stiffness matrix for the shell, 
where M is the mass matrix. Both of them are 
symmetric matrixes and they can be expressed as 

uu uv uw
T
uv vv vw
T T
uw vw ww

 
 =  
  

K K K
K K K K

K K K
 

uu

vv

ww

 
 =  
  

M 0 0
M 0 M 0

0 0 M
 

G is the vector of expanded coefficients, is written 
as: 

[ 00

00

00

, , , , ,
, , , , ,
, , , , ]

mn MN

mn MN

mn MN

A A A
B B B
C C C

=G  
 
 

 

The frequencies and modes of the shell can be 
determined easily by solving the standard 
characteristic equation. Each column of the 
eigenvector matrix is the set of coefficients for the 
corresponding mode. By substituting the coefficients 
into the Eq. (11), the displacement functions of the 
shell can be determined. Although Eq. (15) 
represents free vibration of the shell, by adding the 
work done by external force in Eq. (13) and 
summing the loading vector F on the right side of Eq. 
(15), thus, the characteristic equation for the forced 
vibration of the shell is readily obtained. 
 

3 Results and Discussion   

With the theoretical formulations described in 
previous sections, several examples are presented in 
this section to illustrate the capacity and reliability 
of the current solution. Examples include free 
vibration analysis of laminated composite open 
cylindrical shells with different geometric and 
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material parameters under arbitrary boundary 
conditions, such as classical boundary conditions, 
elastic boundary conditions and their combinations. 
First of all, the convergence of present method is 
investigated and the model is checked by comparing 
with results presented by other researchers. Then, 
free vibration characteristics of these shells with 
various classical boundary conditions and their 
combinations are studied. Finally, vibrations of 
laminated composite shells with some types of 
elastic boundaries are presented. For all numerical 
examples, unless otherwise stated, the layers of the 
considered shell are made from the same material 
and of equal thickness.  
 

3.1 Convergence study 

Theoretically, there are infinite terms in the 
Chebyshev series solution. However, the series is 
numerically truncated and only finite terms are 
counted in actual calculations. Convergence study 
should be firstly carried out to check the calculating 
efficiency of the proposed method. Let us consider a 
four-layered angle-ply, [-60°/60°/60°/-60°] 
completely free E-glass/epoxy open cylindrical shell. 
The geometric and material constants of the layers 
of the shell are: L=1 m, R/L=2, θ0=2arcsin (1/4), 

h/L=0.01, E1=60.7 GPa, E2=24.8 GPa, µ12=0.23, 
G12=12.0 GPa, ρ=1700 kg/m3.The frequency 
convergence of the laminated composite open 
cylindrical shell with respect to different truncation 
schemes(i.e. M=N=5, 6, 7, … , 13, 14, 15) is 
examined in Table 1. The first ten natural 
frequencies, which are expressed as dimensionless 
parameters as 2 2

2/L E hω ρΩ = are included in the 
table. From the table, we can see that the Chebyshev 
series solution has an excellent convergence, and is 
sufficiently accurate even when only a small number 
of terms are included in the series expression. In 
addition, it is obvious the results obtained by the 
present approach are in closed agreement with the 
existing results presented by Zhao et al. [3], Messina 
and Soldatos [10], Qatu and Leissa [2]. The small 
deviations may be caused by different shell theories 
and solution approaches were used in the literature. 
Unless otherwise stated, the truncated number of the 
displacement expressions will be uniformly selected 
as M=N=12 in the following discussions.  
 

3.2 Shells with classical boundary conditions 

In this subsection, the present formulation is applied 
to study the free vibrations of laminated composite

 
Table 1. Comparison of non-dimensional frequency parameters Ω for a free four-layered [-60°/60°/60°/-60°] E-
glass/epoxy shell (L=1 m, R/L=2, θ0=2arcsin (1/4), h/L=0.1, E1=60.7 GPa, E2=24.8 GPa, µ12=0.23, G12=12.0 
GPa, ρ=1700 kg/m3) 

Terms 
Modes 

1 2 3 4 5 6 7 8 9 10 
5*5 3.3040  6.0936  8.9867  11.589  13.358  22.657  24.664  26.510  28.938  32.031  
6*6 3.2557  5.6463  8.5238  11.328  12.884  16.865  19.418  23.138  23.156  26.349  
7*7 3.2508  5.5972  8.4045  11.171  12.552  15.759  18.424  22.806  22.834  26.089  
8*8 3.2498  5.5910  8.3873  11.137  12.533  15.328  17.895  22.072  22.142  26.036  
9*9 3.2498  5.5907  8.3869  11.135  12.528  15.296  17.851  22.054  22.122  26.027  
10*10 3.2497  5.5906  8.3867  11.134  12.528  15.292  17.845  22.047  22.117  26.025  
11*11 3.2497  5.5906  8.3867  11.134  12.528  15.292  17.845  22.046  22.117  26.025  
12*12 3.2497  5.5906  8.3867  11.134  12.528  15.292  17.845  22.046  22.116  26.025  
13*13 3.2497  5.5906  8.3867  11.134  12.528  15.292  17.845  22.046  22.116  26.025  
14*14 3.2497  5.5906  8.3867  11.134  12.528  15.292  17.845  22.046  22.116  26.025  
15*15 3.2497  5.5906  8.3867  11.134  12.528  15.292  17.845  22.046  22.116  26.025  
Ref.[2] 3.2920  5.7416  8.5412  11.114  12.591  15.696  18.221  22.058  22.194  25.871  
Ref.[3] 3.3016  5.7328  8.5087  11.133  12.626  15.724  18.231  22.129  22.257  25.828  
Ref.[10] 3.2498  5.5910  8.3873  11.137  12.533  15.328  17.895  22.072  22.142  26.036  
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open cylindrical shells with classical boundary 
conditions. These supports can be seen as special 
cases of elastic boundary conditions. Different types 
of classical boundaries and their combinations 
considered in present work are realized by assigning 
the boundary springs at proper stiffness. Taking 
edge x=0 for example, the corresponding spring 
stiffness for four types of classical edges are given 
as follows (unless otherwise stated, N/m and N/rad 
are utilized as the units of the stiffness about the 
translational springs and rotational springs, 
respectively): 
Free edge (F): 

0 0 0 0 0u v w w
x x x xk k k K= = = =  

Shear-diaphragm edge (SD):  
12

0 0 0 00, 10u w v w
x x x xk K k k= = = =  

Simply-supported edge (S): 
12

0 0 0 010 , 0u v w w
x x x xk k k K= = = =  

Clamped edge (C):  
12

0 0 0 0 10u v w w
x x x xk k k K= = = =  

The first case treated is a full Shear-diaphragm 
supported three-layered cross-ply [90°/0/90°] open 
cylindrical Shell with different thickness-radius 
ratios (i.e. h/R=0.02, 0.01). The detailed 
comparisons of the first six non-dimensional 
frequency parameters 2

1/L E Rhω ρΩ =  obtained by 
present approach with results reported by Zhao et al. 
[4] and Messina and Soldatos [8] are given in Table 
2.  The dimensions and material properties of the 
layers of the shell are given as: L=5 m, R/L =1/5, 
θ0=π/3, E2=2 GPa, E1=25E2, µ12=0.25, G12=0.5E2, 
ρ=1700 kg/m3. It is obvious that the present results 
match were with Zhao’s, the discrepancy is 
negligible. Although the results are slightly higher 
than Messina and Soldatos’, the discrepancy is very 

small and does not exceed 1.55% for the worst case. 
The small discrepancies in the results may be 
attributed to the different shell theories and solution 
approaches were used in the literature.  
To further prove the validity of the present 
formulations for the free vibration analysis of 
laminated composite open cylindrical shells, Table 3 
lists the first six frequencies which is expressed  in 
terms of  dimensionless parameters 2 /s h Dω ρΩ =

(s=Rθ0, D= E1h3/12(1-µ12µ21) of a full clamped four-
layered, symmetric cross-ply [β/-β/-β/β] open 
cylindrical shell with various lamination schemes. 
The geometric and material properties are assumed 
to be: L/s=1, h/s=0.01, R/h=500, E2=2 GPa, 
E1=15.4E2, µ12=0.3, G12=0.8E2, ρ=1500 kg/m3. 
Through comparing, it can be seen that present result 
match very well with result given by Bardell [6]. 
This study also shows that the lamination schemes 
influence significantly the general trend of the 
vibration behaviors of the shell. The   [90°/-90°/-
90°/90°] composite shell may be thought to be the 
stiffest one in this study. 
The excellent agreement of comparison between 
proposed solutions with published results given in 
Table 1-3 indicates that the present solutions are 
accurate. Having gained confidence in present 
method, let us consider open shells with different 
shallow angles and boundary conditions. In Table 4, 
the lowest three dimensionless frequency parameters  

2 2
2/L E hω ρΩ =  of a three-layered cross-ply 

[0/90°/0] shell with various shallow angles and 
boundary conditions are presented. The geometric 
and material constants of the layers of the shell are: 
L=2 m, R/L=0.5, h/L=0.01, E1=25E2, E2=1 GPa, 
µ12=0.25, G12=0.5E2, ρ=1500 kg/m3. It can be seen 
from the table that for the shell with F-F-F-F, 

 
Table 2. Comparison of non-dimensional frequency parameters Ω for a full Shear-diaphragm restraints three-
layered [90°/0°/90°] shell (L=5 m, R/L =1/5, θ0=π/3, E2=2 GPa, E1=25E2, µ12=0.25, G12=0.5E2, ρ=1700 kg/m3). 

h/R Methods 
Modes 

1 2 3 4 5 6 

1/50 
Present 8.314 11.582 15.970 20.656 25.430 30.222 
Ref.[4] 8.311 11.570 15.950 20.630 25.390 30.180 
Ref.[8] 8.207 11.500 15.910 20.610 25.390 30.210 

1/100 

       Present 7.134 13.388 20.431 24.555 25.028 26.146 
Ref.[4] 7.131 13.380 20.410 24.560 25.030 26.140 
Ref.[8] 7.118 13.380 20.420 24.180 24.660 25.790 
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SD-SD-SD-SD, S-S-S-S, C-C-C-C and C-S-C-S 
boundary conditions, the frequency parameters Ω of 
the shell diminish as the shallow angles increased. 
However, an inverse tendency is seen for the shell 
with S-F-S-F, C-F-F-F and C-F-C-F supports 
conditions.  
The above numerical examples are presented as 
laminated composite open cylindrical shells with 

classical boundary conditions. It is obvious that the 
frequency parameters for arbitrary boundary 
conditions can be determined easily by assigning the 
boundary springs with proper stiffnesses. Besides, 
unlike most existing method, the proposed method 
offers a unified solution for the entire boundary 
conditions

 
Table 3. Comparison of non-dimensional frequency parameters Ω of a full clamped laminated composite four-
layered [β/-β/-β/β] open cylindrical shells with different lamination schemes (L/s=1, h/s=0.01, R/h=500, E2=2 
GPa, E1=15.4E2, µ12=0.3, G12=0.8E2, ρ=1500 kg/m3). 

Modes 
Lamination schemes [β/-β/-β/β] 

0° 30° 45° 60° 90° 
Present Ref.[6] Present Ref.[6] Present Ref.[6] Present Ref.[6] Present Ref.[6] 

1 28.27  28.27  31.49  31.49  38.89  38.89  48.87  48.87  60.98  60.98  
2 31.20  31.20  38.83  38.83  46.26  46.26  52.89  52.89  63.88  63.88  
3 42.56  42.61  56.31  56.37  55.70  55.70  60.17  60.17  64.20  64.20  
4 60.27  60.55  57.60  57.61  66.35  66.38  67.83  67.86  70.77  70.77  
5 65.04  65.04  71.02  71.09  78.51  78.66  77.67  77.74  71.48  71.50  
6 68.76  68.76  79.23  79.57  88.83  89.02  87.70  87.90  82.19  82.21  

 
Table 4. The lowest three non-dimensional frequency parameters Ω for a three-layered cross-ply [0/90°/0] open 
cylindrical shell with various shallow angles and boundary conditions (L=2 m, R/L=0.5, h/L=0.01, E1=25E2, 
E2=1 GPa, µ12=0.25, G12=0.5E2, ρ=1500 kg/m3). 
Shallow 
angles Modes 

Boundary conditions 
F-F-F-F SD-SD-SD-SD S-S-S-S C-C-C-C S-F-S-F C-F-F-F C-F-C-F C-S-C-S 

θ0=45° 
1 12.127  57.116 111.19  116.41  24.608  9.775  38.124  116.41  
2 46.892  104.88 150.92  168.42  40.256  14.228  50.001  168.41  
3 56.374  121.48 216.41  218.95  68.977  41.947  76.183  218.92  

          

θ0=90° 
1 5.8805  57.116 72.945  80.530  30.888  14.848  42.620  80.508  
2 13.332  66.430 84.942  92.026  33.904  15.975  44.759  91.865  
3 17.670  97.130 114.53  121.58  61.097  40.258  69.697  119.75  

          

θ0=135° 
1 3.6926  57.116 65.270  74.826  32.094  15.314  43.467  73.627  
2 5.5304  59.115 69.885  78.626  32.614  15.925  43.798  77.860  
3 9.0765  76.421 85.531  96.811  60.288  35.228  69.186  92.403  

          

θ0=180° 
1 2.5551  56.975 62.716  73.371  32.359  15.508  43.635  71.406  
2 2.9189  57.117 64.870  78.499  32.518  15.750  43.728  73.240  
3 5.7627  66.959 75.228  102.61  60.096  34.070  69.115  82.978  

          

θ0=225° 
1 1.7823  56.288 61.710  76.858  32.572  15.593  43.795  70.552  
2 1.8532  57.139 64.213  86.324  32.640  15.676  43.851  72.893  
3 4.0602  65.766 74.918  105.07  60.186  33.736  69.244  82.628  
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and the change of boundary conditions from one 
case to another is as easy as changing structure 
parameters. 
 

3.3 Shells with elastic boundary conditions 

Laminated composite open cylindrical Shells with 
elastically restrained edges are widely encountered 
in engineering practices. The vibration analyses of 
these shells are necessary and of great significance. 
Thus, in this subsection, the present formulation is 
applied to investigate the free vibration behaviors of 
laminated composite open cylindrical shells with 
elastic boundary conditions. 
There are infinite types of possible combinations of 
elastic boundary conditions at the four edges of the 
open cylindrical shells, and it is impossible to 
undertake an all-encompassing survey of them. 
Three types of elastic support conditions, denoted by 
E1, E2 and E3 are studied in this paper. Taking edge 
x=0 for example, the corresponding spring stiffness 

for the three types of specifically elastic boundaries 
are given as follows: 
Type E1: only the radial direction is elastically 
restrained (i.e. w≠0, u=v=∂w/∂x=0). 

7 12
0 0 0 02 10 , 10w u v w

x x x xk k k K= × = = =  
Type E2: both the axial and circumferential 
directions are elastically restrained (i.e. u≠0 v≠0, w= 
∂w/∂x=0). 

7 12
0 0 0 02 10 , 10u v w w

x x x xk k k K= = × = =  
Type E3: the axial, circumferential and radial 
directions are elastically restrained (i.e. u≠0, v≠0, 
w≠0, ∂w/∂x=0). 

7 12
0 0 0 02 10 , 10u v w w

x x x xk k k K= = = × =  
The first case treated is about certain elastically 
restricted two-layered, cross-ply open cylindrical 
shells with elastic boundary conditions. In Table 5, 
the lowest three dimensionless frequency parameters 

2 2
2/L E hω ρΩ =  of the considered open cylindrical 

 
Table 5. The lowest three dimensionless frequency parameters Ω for certain two-layered cross-ply open 
cylindrical shells with six types of classical and elastic combined boundary conditions (L=5 m, s/L=1, h/L=0.01, 
E1=20E2, E2=5 GPa, µ12=0.27, G12=0.55E2, ρ=1650 kg/m3). 

L/R Lamination 
schemes Modes 

Boundary conditions 
E1-F-E1-F E2-F-E2-F E3-F-E3-F E1-C-E1-C E2-C-E2-C E3-C-E3-C 

5 

[0/90°] 
1 55.3724  46.0535  42.9583  116.547  106.012  77.5923  
2 56.3150  47.9456  44.0587  124.592  113.021  79.5871  
3 96.3661  83.1294  72.4381  151.788  142.554  91.9835  

[90°/0] 
1 56.0530  46.4023  43.2628  119.765  110.020  79.0919  
2 57.0080  48.1510  44.1441  129.792  117.855  80.2836  
3 97.4022  83.4210  73.5144  153.762  145.963  95.3742  

         

0.1 

[0/90°] 
1 14.1517  14.2126  14.0876  29.9821  29.9396  29.7156  
2 14.3418  14.2160  14.0931  32.1436  32.1960  32.1211  
3 21.4165  21.5161  21.3328  47.4091  48.1065  47.3767  

[90°/0] 
1 14.1393  14.1176  13.9974  25.8503  25.9103  25.8406  
2 14.2762  14.1966  14.0721  28.3362  28.4384  28.3192  
3 21.4029  21.5322  21.3486  42.5613  43.2518  42.5300  

         

0 
 (R=∞) 

[0/90°] 
1 12.9261  13.0196  12.9246  16.1172  16.2189  16.1151  
2 13.8785  13.9966  13.8770  28.4736  28.5666  28.4353  
3 21.0473  21.2112  21.0420  37.3825  38.1869  37.3802  

[90°/0] 
1 12.9261  13.0196  12.9246  16.1172  16.2189  16.1151  
2 13.8785  13.9966  13.8770  28.4736  28.5667  28.4353  
3 21.0473  21.2112  21.0424  37.3825  38.1869  37.3802  
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Table 6. The lowest two dimensionless frequency parameters Ω for a three-layered, cross-ply [0/90°/0] 
composite open cylindrical shell with various elastic boundary conditions (L=2 m, R/L =0.5, θ0=π/4, h/L=0.01, 
E1=20E2, E2=5 GPa, µ12=0.27, G12=0.55E2, ρ=1650 kg/m3). 
Spring 
stiffness 

1
u
xk   1

v
xk   1

w
xk   1

w
xK  

1 2   1 2   1 2   1 2 
0 5.257  6.548    5.257  6.548    5.257  6.548    5.257  6.548  
101 5.257  6.548   5.257  6.548   5.257  6.548   5.257  6.548  
102 5.257  6.548   5.257  6.548   5.258  6.548   5.258  6.548  
103 5.257  6.548   5.258  6.548   5.261  6.550   5.259  6.548  
104 5.257  6.548   5.259  6.548   5.295  6.573   5.269  6.551  
105 5.257  6.548   5.277  6.550   5.620  6.792   5.364  6.578  
106 5.258  6.548   5.450  6.577   8.036  8.557   5.924  6.752  
107 5.262  6.548   6.824  6.889   14.454  15.124   6.668  7.011  
108 5.306  6.549   8.628  12.925   17.524  18.297   6.847  7.079  
109 5.643  6.564   13.911  17.842   17.937  18.667   6.867  7.086  
1010 6.501  6.628   16.505  18.562   17.990  18.705   6.869  7.087  
1011 6.679  6.873   16.916  18.641   17.998  18.709   6.869  7.087  
1012 6.689  6.924   16.993  18.652   17.999  18.709   6.869  7.087  
1013 6.689  6.924   16.993  18.652   17.999  18.709   6.869  7.087  
1014 6.689  6.924    16.993  18.652    17.999  18.709    6.869  7.087  
 
 
Table 7. The lowest two dimensionless frequency parameters Ω for a three-layered, cross-ply [0/90°/0] 
composite open cylindrical shell with various elastic boundary conditions (L=2 m, R/L =0.5, θ0=π/4, h/L=0.01, 
E1=20E2, E2=5 GPa, µ12=0.27, G12=0.55E2, ρ=1650 kg/m3). 
Spring 
stiffness 

1
u
xk    1

v
xk    1

w
xk    1

w
xK  

1 2   1 2   1 2   1 2 
0 24.128 25.063   24.255 25.832   21.691 24.601   18.409 20.616 
101 24.128 25.063  24.255 25.832  21.691 24.601  18.409 20.616 
102 24.128 25.063  24.255 25.832  21.691 24.601  18.409 20.616 
103 24.128 25.063  24.255 25.832  21.691 24.601  18.411 20.617 
104 24.128 25.063  24.255 25.832  21.692 24.601  18.426 20.629 
105 24.128 25.063  24.255 25.832  21.696 24.602  18.571 20.749 
106 24.128 25.063  24.255 25.832  21.74 24.615  19.707 21.705 
107 24.128 25.065  24.255 25.832  22.111 24.723  22.75 24.414 
108 24.13 25.076  24.255 25.832  23.399 25.236  24.061 25.655 
109 24.142 25.174  24.255 25.836  24.134 25.731  24.235 25.824 
1010 24.196 25.541  24.255 25.842  24.243 25.831  24.253 25.842 
1011 24.244 25.794  24.255 25.844  24.254 25.842  24.255 25.844 
1012 24.254 25.839  24.255 25.844  24.255 25.844  24.255 25.844 
1013 24.254 25.839  24.255 25.844  24.255 25.844  24.255 25.844 
1014 24.254 25.839   24.255 25.844   24.255 25.844   24.255 25.844 
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shells with three different length-radius ratios 
(L/R=5, 0.1, 0) are presented, in which six types of 
classical and elastic combined boundary conditions 
are included. The shells are assumed to be made 
from composite lamina with following properties: 
L=5 m, s/L=1, h/L=0.01, E1=20E2, E2=5 GPa, 
µ12=0.27, G12=0.55E2, ρ=1650 kg/m3. From the table, 
it can be seen that the natural frequency of the shells 
decreased with the length radius ratio get large. In 
addition, it is obvious that for length-radius ratio 
L/R=5, 0.1, the corresponding mode frequency 
parameters for shells with [0/90°] lamination 
schemes are different from the [90°/0] case, while, 
for L/R=0 (it can be seen as plate), the corresponding 
mode frequency parameters for these two lamination 
schemes are equal to each other. 
In next numerical example, the effect of the elastic 
boundary conditions on the natural vibration 
frequencies of the shells will be studied in detail. 
Assume that a three-layered, cross-ply [0/90°/0] 
composite open cylindrical shell is simply supported 
in edge x=0, free in edge θ=0, θ=θ0, and elastically 
restrained by only one kind of spring components in 
edge x=L ( 1

u
xk , 1

v
xk , 1

w
xk and 1

w
xK , respectively). In 

Table 6, the lowest two frequency parameters 
2 2

2/L E hω ρΩ = for the shell with different 
elastically restrained stiffnesses are listed.    The 
material and geometric properties of the layers of the 
shell are given as: L=2 m, R/L =0.5, θ0=π/4, 
h/L=0.01, E1=20E2, E2=5 GPa, µ12=0.27, G12=0.55E2, 
ρ=1650 kg/m3. It is obvious that when the shell is 
only elastically restrained by axial liner springs 1

u
xk

there is little variation in frequency parameters as 
the stiffness of springs increasing from 0 to 1014. 
The similar tendency is seen for the shell only 
restrained by rotation springs 1

w
xK . However, when 

the shell is elastically supported by circumferential 
and radial liner springs, respectively, with the 
stiffness of the springs increasing from 0 to 107, 
there is no effect on frequency parameters of the 
shell. As the stiffness further increase, a distinct 
influence can be observed, in which the frequency 
parameters increases rapidly, when the stiffness 
beyond 1010, the frequency parameters approaches 
the utmost and remain unchanged. 
Last, let us consider another case. Suppose the shell 
model mentioned previously is simply supported in 
edge x=0, free in edge θ=0, θ=θ0 as usual, but the 
x=L edge is supported by all the four groups of 
springs in which three groups of them with infinite 
(1010) stiffness and the rest one is assigned at 

changed stiffness. The lowest two frequency 
parameters 2 2

2/L E hω ρΩ = of the shell with 
different elastically restrained stiffnesses are 
presented in Table 7. Since the elastic edge are 
rigidly restrained by three sets of spring components. 
Therefore, the frequency parameters are not very 
sensitive to the changes of the stiffness of the rest 
springs. 
 

4 Conclusions 

In this paper, a Chebyshev-Ritz method has been 
proposed to study free vibrations of laminated 
composite open cylindrical shells with arbitrary 
boundary conditions. The energy variational 
principle is employed to derive the formulation 
based on the Reissner-Naghdi’s shell theory. The 
displacement fields of the shell are expanded in 
terms of the first kind Chebyshev polynomials. The 
accuracy, efficiency and reliability of present 
method are validated and illustrated by free vibration 
analyses of laminated composite open cylindrical 
shells with different dimension and material 
parameters under general elastic boundary 
conditions. Numerical results obtained by proposed 
method are found in excellent agreement with the 
literature. The method described in this paper is 
believed to include several advantages: first, it is a 
general method which can be used to determinate 
the free and forced vibration behaviours of 
laminated composite open cylindrical open shells 
with arbitrary boundary conditions accurately; 
second, the proposed method offers a unified 
solution for the arbitrary supporting conditions and 
the change of boundary conditions from one case to 
another is as easy as changing structure parameters; 
third, it models the elastically restrained open 
cylindrical shells which is rarely attempted  in the 
literature but is of practical importance; finally, the 
proposed solution can be readily extended to shells 
with nonuniform boundary supports 
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Detailed expressions of the stiffness matrix and the 
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mass matrix: 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

1 Introduction  
 
Over the past couple of decades, a large number of 
metal matrix composites (MMCs) have been of great 
interest as promising candidates for high-
performance applications in automotive and 
aerospace industries [1-2]. In these materials, 
depending on the application and property 
requirement, commonly used ceramic 
reinforcements include SiC, B4C, TiB2, TiC and 
Al2O3. Boron carbide is targeted as an advanced 
reinforcement due to its low density, high hardness, 
high elastic modulus and low coefficient of thermal 
expansion. Titanium diboride has attractive 
engineering properties like exceptional hardness 
which is retained up to high temperature, high elastic 
modules and can be rather easily wetted by 
aluminum compared with B4C. The combination of 
both boron carbide and titanium diboride reinforced 
aluminum matrix results in enhanced properties of 
the composites than when either of the 
reinforcement is used. There has already been a 
considerable amount of research to fabricate the 
metal matrix composites reinforced with TiC and 
TiB2. However, due to the poor wettability between 
the ceramics and metal, reports on the B4C/TiB2/Al 
composites are rare.  
To disperse those kinds of reinforcement uniformly 
in the aluminum matrix, several processing 
techniques, such as stir-casting, powder metallurgy 
and melt infiltration [3-6], were developed. However, 
each fabrication technique has its own advantages 
and limitations. Some of the problems encountered 
are: residual microporosity, uneven distribution of 
reinforcement, control of the matrix-reinforcement 
interface, scaling up of the process for industrial 
utilization and processing cost and so on.  
Among the processing techniques, melt infiltration is 
a traditional processing technique to produce MMCs 

with high volume fraction of reinforcements. Several 
extra approaches such as applying pressure to the 
melt, modifying the surface of ceramics and 
incorporating an activator element like titanium [3, 4, 
7] have been established depending on modifying 
the ceramic reinforcement or the matrix to improve 
the infiltration. In all these works, more than an hour 
of processing time should be necessary no matter 
what method they used at disposal to circumvent the 
wettability problem. In addition, those infiltration 
techniques had very high demands for its process 
atmosphere, either vacuum or inert atmosphere. A 
long processing time and severe atmospheric 
condition certainly would increase the cost 
inevitably and would not be beneficial on 
commercial grounds.  
In the present investigation, the feasibility of a novel 
quick spontaneous infiltration process (QSI) is 
presented that enables to produce aluminum matrix 
composites containing high volume fraction of B4C 
and/or TiB2 with sound microstructure. The core 
innovation of the process is that it combines a simple 
pressureless infiltration in air with a combustion 
reaction in molten aluminum by the aid of dopant 
which accelerates the combustion reaction and wave 
propagation. This realizes quick infiltration within a 
few minutes and thus the process is promising for 
scale-up production of composites in a simple and 
economical way. 

 

2 Experimental  

The following powders were used as starting 
reagents: Ti (99.5%, ~50 μm), Al (99.5%, ~30μm), 
B4C (99.5%, ~16 μm), C(graphite, 99.9%, ~10 μm), 
TiO2(99.5%, ~1.5 μm), B2O3 (99.5%, ~260 μm), and 
CuO (99.95%, ~10μm) powders.  
The reagent powders were mixed at a proper mole 
ratio for an hour and then compacted at room 
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temperature into a cylindrical shape to make a pellet 
(h=28 mm, d=35 mm, 55-60% of the theoretical 
density). The pellet was dried in a vacuum oven at 
200 ℃ for 2 hours to eliminate the moisture.  
In the present work, four kinds of MMCs having 
different reinforcements were produced by QSI 
process. Each scheme of composition in the initial 
powder mixtures are shown in Table 1 to 3. 
 
 
Table 1. Compositions of Al-Ti-B4C powder 
mixtures.  
No Composition (mole) remarks 

Ti B4C 
SA 3 1 Small amount of CuO 

and excess Al were 
added 

SB 3 4 

 
Table 2. Compositions of Al-B2O3-C powder 
mixtures.  
No Composition (mole) remarks 

Al B2O3 C 
 
SC 

 
4 

 
2 

 
1 

Small amount of CuO 
and excess Al were 
added 

 
Table 3. Compositions of Al-TiO2-B2O3 powder 
mixtures.  
No Composition (mole) remarks 

Al TiO2 B2O3 
 
SD 

 
10 

 
3 

 
3 

Small amount of CuO 
and excess Al were 
added 

 
 
Fig. 1 provides a schematic representation of the 
QSI process. The pellet was placed inside a graphite 
tube mold and the mold was put into an aluminum 
melt that was kept at 1073~1273 K. The melt 
temperature differs with the type of initial powder 
mixtures shown in Table 1 to 3. Before ignition the 
top surface of the pellet was exposed to air in order 
to remove pellet’s internal gas and moisture easily, 
which are inevitably absorbed in the surface of 
powders. Immediately after the onset of ignition, 
with the evidence of dazzling light that originated 
from the reaction of the powder mixtures, the mold 
was dipped into the aluminum melt so as to infiltrate 
aluminum melt into the pellet. Finally, the mold was 

taken out from the melt, and cooled down in air. The 
whole process was completed in 4 minutes in air.  
 
 

 
 
Fig. 1 Schematic diagram showing the quick 
spontaneous infiltration process.  
 
 
For the microstructural analysis, samples were 
sectioned and prepared using standard polishing 
procedures with a final polishing by a 0.05μm 
colloidal silica suspension. Microstructures were 
investigated by means of an optical microscope 
(OM) and a scanning electron microscope (SEM) 
equipped with an energy-dispersive spectrometer 
(EDS). X-ray diffraction (XRD) analysis with Cu 
Kα radiation was also carried out to identify the 
phases.  
The elastic properties and CTE of the samples were 
measured using resonant ultrasound spectroscopy 
and a dilatometer system, respectively. 
 

3 Results and discussion  

3.1 Macrostructures   

Fig. 2 shows the typical view of the cross section of 
the pellet after infiltration. Under the optimum 
processing parameter such as melt temperature, 
amount of CuO and excess aluminum in the powder 
mixtures, the composites retained their initial shape 
of the pellet well and were free of cracks (Fig. 2b); 
the aluminum melt was infiltrated up to the top 
surface of the pellet. However, if the processing 
parameters were not proper, there remained pores, 
cracks and uninfiltrated parts in the pellet (Fig. 2a). 
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It was confirmed that the soundness of MMCs by 
QSI process strongly depends on such processing 
parameters. The detailed results will be reported in a 
future study.   
  
 

 
 
Fig. 2 A cross section of the pellet composites 
fabricated by QSI using the powder mixtures of Al-
Ti-B4C (SB) in the different processing parameters. 
(a) composites having cracks and pores 
(b) sound composites having free of cracks and 
pores 

 

3.2 Microstructures   

The microstructures of the composites shown in Figs. 
3-6 exhibited quasi-continuous 3D network 
structures composed of infiltrated aluminum and 
reinforcing particles surrounded by a large amount 
of aggregates of the reaction products throughout the 
specimens.  

Fig. 3 shows the microstructures of the composites 
using the initial powder mixture of SA samples. The 
microstructures are composed of aggregates of 
TiC+TiB2 with aluminum throughout the whole 
pellet. The size of both particles is very fine less 
than 1mm.  In addition, no trace of B4C is observed. 
In an Al-Ti-B4C system with a mole ratio of 
Ti/B4C=3, the following reactions are expected to 
occur; 
 
3Ti + 4B4C + x Al =  2TiB2 + TiC +  xAl    (1) 
 
Thus, during the process, initial B4C particles 
reacted with Ti particles to form TiB2 and TiC 
completely.  
 
 

 
 
Fig.3 Microstructures of the composites fabricated 
by QSI using the powder mixtures of Al-Ti-B4C 
(SA) with (a)  low magnification and (b) high 
magnification image. 
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The microstructures of the composites (SB sample) 
shown in Fig. 4 exhibited quasi-continuous 3D 
network structures composed of infiltrated 
aluminum and B4C particles surrounded by a large 
amount of aggregates of the reaction products 
throughout the samples.  
It was confirmed by SEM/EDS and XRD analysis 
that the main reaction products are TiB2 and Al3BC.  
In addition, small amount of Al3Ti were also 
observed in the microstructure. The aggregates of 
the reaction products such as TiB2, Al3BC, and Al3Ti, 
were confirmed by TEM to have very fine sizes (less 
than 0.5 mm in size) and to be disconnected from 
each other. 
 
 

 
 
Fig.4 Microstructures of the composites fabricated 
by QSI using the powder mixtures of Al-Ti-B4C 
(SB) with (a)  low magnification and (b) high 
magnification image. 

In an Al-Ti-B4C system with a mole ratio of 
Ti/B4C=0.75, the reactions are rather complicated 
due to non-stoichiometric composition ratio of 
Ti/B4C and following reactions are expected to 
occur; 
 
3Ti + 4B4C + x Al =  

2TiB2 + TiC + 3B4C + xAl    (2) 
 
3Ti + 4B4C + 6 Al = 3TiB2 + 2Al3BC + 2B4C    (3) 
 
3Ti + 4B4C + 6.75 Al =  
(3-x)TiB2 + (2-y)Al3BC + xAl3Ti + (2+y)B4C = 
 2.25TiB2 + 1.5Al3BC + 0.75Al3Ti + 2.5B4C      (4) 
 
In the microstructures, no trace of TiC is observed 
and a large amount of Al3BC is formed instead. In 
addition, additional phase such as Al3Ti is present in 
the microstructures. It means that an incomplete 
reaction occurred, with fewer B4C particles 
decomposed, according to the equation (4). 
To determine the reaction occurred in the pellet, the 
volume fractions of the initial powder mixtures and 
final microstructures in the reacted pellet were 
compared. The density of each phase used in the 
calculation is summarized in Table 4.   
 
Table 4. Density of the particles.  
phase Al B4C TiB2 Al3BC Al3Ti 
Density 
(g/cm3) 

2.7 2.52 4.52 2.85 3.37 

 
Ignoring the content of CuO and considering the 
content of the aluminum melt that was infiltrated, 
the volume fraction of B4C (16 mm in size) in the 
initial pellet is calculated to be 25.7%. In addition, 
the volume fraction of B4C in the composites was 
measured to be 18.3%, with an average particle size 
of 7.7 mm by the image analysis. 
The calculated volume fraction of each phase 
according to equations (3) and (4) is summarized in 
Table 5. 
 
Table 5. Calculated volume fraction of each phase 
according to equation (3) and (4).  (unit: vol.%) 
reaction B4C TiB2 Al3BC Al3Ti 

(3) 13.4 14.3 22.5 - 
(4) 16.3 10.4 16.4 8.6 
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Comparing the measured and calculated value of 
B4C volume fraction in the pellet, incomplete 
reaction occurred according to equation (4) in the 
SB sample.  
 
Fig. 5 shows the microstructures of the composites 
using the initial powder mixture of SC samples. The 
microstructures are composed of B4C particles and 
aggregates of Al2O3 particles with aluminum 
throughout the whole pellet. The size of Al2O3 
particles is very fine and closely connected each 
other.   
In an Al-B2O3-C system, the following reactions are 
expected to occur; 
 

4Al + 2B2O3 + C = 2 Al2O3 + B4C     (5) 
 

 
 
Fig.5 Microstructures of the composites fabricated 
by QSI using the powder mixtures of Al-B2O3-C 
(SC) with (a)  low magnification and (b) high 
magnification image. 

Thus, during the process, complete reaction occurred 
in the pellet to form Al2O3 and B4C in the 
microstructures.  
 
Fig. 6 shows the microstructures of the composites 
using the initial powder mixture of SD samples. The 
microstructures are composed of aggregates of TiB2 
and aggregates of Al2O3 particles with aluminum 
throughout the whole pellet. The size of Al2O3 
particles is very fine and closely connected each 
other. The size of TiB2 particles is also very fine less 
than 1mm, however, the particles are disconnected  
each other.  
 
 

 
 
Fig.6 Microstructures of the composites fabricated 
by QSI using the powder mixtures of Al-TiO2-B2O3 
(SD) with (a)  low magnification and (b) high 
magnification image. 
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In an Al-TiO2-B2O3 system, the following reactions 
are expected to occur; 
 

10Al + 3TiO2 + 3B2O3 = 5 Al2O3 + 3TiB2     (6) 
 
Thus, during the process, complete reaction occurred 
in the pellet to form Al2O3 and TiB2 in the 
microstructures.  
 

3.3  Infiltration 

To clarify the quick infiltration through the process, 
the combustion temperature was monitored using a 
c-type thermocouple embedded in the pellet, along 
with a data acquisition system for SB samples. In 
addition, several identical pellets were prepared to 
obtain mass gain during the process. The mass gain 
was checked every 5 seconds before and after the 
onset of ignition during the process without dipping 
the mold into the melt. We confirmed that melt 
infiltration occurred for 15~20 seconds after the 
ignition. The detailed results are described elsewhere 
[8]. 
 
The following pressures are known to act during the 
infiltration process, 
 
 
 
 
 
 
 
 
 
 
 
where PA is the atmospheric pressure difference 
between the inside and the outside of the pellet, PC is 
the capillary pressure, r is the liquid density, g is 
gravitational acceleration, l is the infiltration length, 
glv is the surface tension, q is the contact angle, rc is 
the capillary radius, d is particle size, and l is the 
geometric factor determined by the capillary and 
particle geometries [9-11].  
Using equations (7), (8), (9) and Washburn 
relationship [11], the infiltration time-length 
relationship was derived as follows.  
 

 
 
 
 
where h is the viscosity of liquid aluminum.  
In the pressure infiltration, the gravitational pressure 
term is small enough to be ignored, whereas it 
should be considered in the pressureless infiltration, 
especially when the reaction is performed in air. If 
DP >> rgl, then Equation (10) becomes identical to 
well-known Equation (11) in the form of l2 ∝ t 
[4,11]. 
 
 
 
 
 
Using Equation (10), the infiltration time-length 
relationship for the Al-B4C system can be calculated. 
The calculated results show that the infiltration is 
completed within a very short time of 2 ~ 18 seconds, 
which matches well with the results of mass gain in 
the present work. The detailed results are described 
elsewhere [8]. 
 

3.4  Role of CuO 

The QSI process is the combination of a simple 
pressureless infiltration in air with a combustion 
reaction in molten aluminum. Thus, the occurrence 
of combustion reaction and wave propagation is one 
of the key factors to realize the process. 
The adiabatic temperature (Tad) can be used as a 
general indication of the temperature at the 
combustion front. It has been empirically suggested 
that combustion reactions will not become self-
sustaining unless Tad > 1800K [12]. According to the 
enthalpy change between the reactants and the 
products, Tad of the each materials system can be 
calculated.  
Fig. 7 shows the change of Tad with the addition of 
excess Al content for Al-3Ti-B4C system (SA 
sample) without CuO. The calculated result shows 
that theoretical adiabatic temperature exceeds 
1800K; it means that the combustion reaction occurs 
and combustion wave can be propagated over the 
pellet. However, in the actual process, a mere 
elemental powder mixture could not induce the 
complete reaction in the pellet even though it ignited. 
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Fig.7 Change of Tad with the addition of excess Al 
content for Al-3Ti-B4C system (SA sample) without 
CuO.  
 
It is due to the occurrence of heat loss during the 
process. During the process, extensive heat can be 
generated in the powder mixtures once it is ignited. 
However, the heat can be consumed to increase the 
melt temperature and infiltrated aluminum melt 
(heat loss to the surroundings), as well as to sustain 
further combustion reactions. Due to this reason, 
incomplete reaction occurred for CuO-free pellets. 
Fig. 8 compares the measured temperature profile 
with time during the process for SA samples with 
and without CuO addition.  
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Fig.8 Time-temperature profile for Al-3Ti-B4C 
system (SA sample) with and without CuO during 
the process. 

In the CuO-free pellet, the peak temperature is much 
below the Tad even though it ignited. Addition of 
CuO sharply increased the peak temperature of the 
Al-3Ti-B4C system.  
It has been verified that a thermal explosion that 
generated a large quantity of exothermic heat can be 
observed when adding CuO to molten aluminum 
[13] as follows;  
 

2Al+3CuO=Al2O3+3Cu     (12) 
 
Fig. 9 shows the change of Tad with the addition of 
excess Al content for Al-CuO system. Thus, it is 
proposed that CuO addition plays a role in 
releasing great amounts of additional heat and 
thereby self-sustaining the combustion reaction 
by compensating for the heat loss to the 
surroundings during the process. 
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Fig.9 Change of Tad with the addition of excess Al 
content for Al-CuO. 
 

3.5  Properties 

The properties of sound SB samples (Fig 2 b) were 
measured. The density of composites was found to 
be 2.940g/cm3; the microstructures of the 
composites were sound, with few pores; the 
calculated porosity was less than 1.0%. The 
composites exhibited a high hardness value of 3.03 
GPa and a high elastic modulus of 158.9 GPa (shear 
modulus 63.7 GPa, bulk modulus 104.7 GPa) with a 
low CTE of 9.4 ppm/K; these values show properties 
equivalent to those obtained from aluminum matrix 
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composites containing 50-60 vol.% of SiC particles 
[14]. 

 

4 Summary  

Aluminum matrix composites having TiB2 and/or 
B4C particles were produced by quick spontaneous 
infiltration process in a few minutes in air from the 
different initial powder mixtures. The soundness of 
MMCs by the process depended on processing 
parameters and the microstructures of the 
composites exhibited quasi-continuous 3D network 
structures composed of infiltrated aluminum and 
reinforcing particles surrounded by a large amount 
of aggregates of the reaction products. The Al-B4C-
TiB2 composites exhibited excellent mechanical 
properties: 3GPa for Vickers hardness, 159GPa for 
elastic modulus and 9.4ppm/K for coefficient of 
thermal expansion.  
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1 Introduction  

With the development of fabrication of advanced 
materials, carbon fiber reinforced plastics (CFRP) 
have been used extensively in many industries due 
to their superior specific strength and high 
temperature resistance, high corrosion resistance and 
good thermal shock resistance [1-3]. Especially in 
the aircraft industry, CFRP could reduce fuel 
consumption for economic and environmental 
reasons as lightweight and high-strength materials 
while maintain safety standards and durability. So 
their usage in new generation of aircrafts has been 
steadily increasing while Airbus A380 has been 22% 
and Boeing B787 has been 50% [4]. The large 
passenger aircraft programs in China are being 
implemented and CFRP on the C919 (Chinese trunk 
liner) account for 20% of the aircraft's structural 
weight [5]. Although CFRP are usually near net 
shaped, most of the CFRP parts need to be trimmed 
to satisfy the finished dimensions because the 
layered sheets have a peripheral margin. In order to 
produce a well defined and high quality surface, 
milling is the most practical machining operation for 
removing excess material. However, machining of 
CFRP comes along with certain difficulties like fiber 
pull-out, delamination and decomposition of matrix 
material due to the inhomogeneous and anisotropic 
material properties which leads to a degradation of 
the surface quality and the material properties [6]. 
Furthermore, the rapid tool wear is commonly 
observed due to the abrasive nature of carbon fibers. 
So the main challenges are low quality and high tool 
wear during milling CFRP. 

Research on milling CFRP has been on-going 
for over 20 years, but the number of paper published 
on milling of CFRP laminates is quite limited. 
Hocheng et al. showed that there was a relationship 
between the cutting mechanisms and resulting 
surface roughness when milling unidirectional CFRP 

[7]. Sheikh-Ahmad [8] and Kalla et al. [9] utilized 
mechanistic modeling techniques for simulating the 
cutting of CFRP. Hintze et al. [10] studied the 
occurrence and propagation of delamination by 
milling slots in unidirectional CFRP. They 
concluded that delamination was highly dependent 
on the fiber orientation and the tool sharpness. 
Karpat et al. [11] proposed a mechanistic cutting 
force model for milling CFRP based on 
experimentally collected cutting force data during 
slot milling of unidirectional CFRP laminates. 
Schulze et al. [12] calculated experimentally specific 
cutting forces, passive and axial forces on glass fiber 
reinforced plastics for varied parameters of cutting 
velocity, cutting depth, cutting edge rounding and 
tool inclination. Ramulu et al. recommended that 3D 
roughness parameters were preferable for 
characterizing machined CFRP surfaces to 2D 
roughness parameters [13]. Furthermore, they 
suggested that assessment of several parameters 
were necessary in order to provide a comprehensive 
description of a surface [14]. And previous studies 
have also found that high cutting speeds in tandem 
with low feed rates generally resulted in improved 
surface quality when edge milling due to the lower 
amount of mechanical/thermal damage induced [15, 
16]. 

To solve the problem of rapid tool wear, 
diamond coated carbide tools and PCD tools are 
usually employed for milling CFRP. For the low 
quality problem, a large number of studies suggest 
that delamination is the most important quality 
problem and axial force tend to separate the top and 
bottom layers of the CFRP laminate. And 
delamination is strongly dependent on the tool 
geometry. To minimize axial forces, milling tools 
with special designs have been proposed such as 
double helix mill and multi-edge mill. Double helix 
mill could minimize axial forces by utilizing two 
opposite helix angles so that top and bottom layers 
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of the laminate are pushed inwards to decrease the 
likelihood of delamination [17]. Similarly, the multi-
edge mill has also been considered as a better option, 
because no axial force component is produced [18]. 

In the present study, down milling processes of 
multidirectional CFRP with double helix tools and 
multi-edge mill are investigated. The objectives of 
this research are to find relationships among the mill 
geometry, cutting force and surface morphology of 
the workpieces. To identify potential damages at the 
machined surface, cross-sectional micrographs of 
the specimen are analyzed. And the cross-sectional 
roughness has been measured. 
 

2 Experimental procedures 

The CFRP laminates are fabricated from IMS/X850 
prepregs with T800 carbon fibers. The lay-up of the 
multidirectional CFRP composites laminates is 
[（45º/0º/-45º/90º）6]s and the fiber volume fraction 
is 65%. Each laminate has 48 plies, so CFRP 
laminates have a thickness of 9mm. The laminates 
are cut into 200mm × 150mm using diamond-edged 
saw to fit the clamp. 

All milling experiments have been carried out 
on a DMG Ultrasonic 20 Linear as shown in Fig. 
1(a). The DMG Ultrasonic 20 Linear has maximum 
spindle speed of 42 000rpm and maximum feed 
speed of 5 m/min. The experimental data are 
collected with a data acquisition system composed 
of a 9272 Kistler drilling dynamometer and a 5070A 
Kistler amplifier. The fixation of the composite 
material laminate is made as shown in Fig. 1(b), to 
make sure that vibrations and displacement are 
eliminated. The CVD diamond coated end-mills 
have been employed to avoid the effect of tool wear 
on the cutting force, surface morphology and 
roughness. The multi-edge mill and double helix 
mill are employed as shown in Fig.1(c) and (d) 
whose diameters D both are 10mm. In order to 
minimize axial forces, the two opposite helix angles 
of double helix mill are arranged symmetrically with 
respect to the middle plane of the CFRP laminates as 
shown in Fig.2. The milling forces acting on the tool 
during milling CFRP laminates are also illustrated in 
Fig.2.  

The experimental planning is prepared by using 
cutting parameters and test conditions that are 
advised for a couple of tool-workpiece by the tool 
manufacturer. A multivariate factor method for two 

factors (cutting speed vc and feed speed f) is used for 
the elaboration of the plan of experiments.  

 
(a) The experimental equipments 

 
(b) Fixation of the composite material 

                 
(c) Multi-edge mill         (d) Double helix mill 

Fig. 1. The experimental equipments and the 
geometries of milling tools 

Table 1 indicates the factors studied which is 
made of 12 tests with four factors. The cutting radial 
depth ae is 1 mm and the cutting axial depth ap is 9 

End Mill

Dynamometer 
Kistler 9272 

CFRP Clamp 
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mm that is just equal to the laminates thickness. The 
test of different parameter combinations have been 
replicated five times. 

 
Fig. 2 Arrangement of double helix mill and milling 

forces acting on the tool during milling 
After milling, the cross-sectional roughness has 

been measured by a roughness measure instrument 
Perthometer M1 and for each test 5 measurements 
are made over milling surfaces. Then, the surface 
quality has also been observed through scanning 
electron microscope (SEM). 

3 Results and discussion 

3.1 Cutting Force 

The analysis of cutting forces during such an 
operation is helpful for understanding causes of 
possible damage. The recorded cutting forces in x-, 
y-, and z-directions are plotted on the same graph as 
shown in Fig. 3. The directions of forces Fx, Fy and 
Fz are along the normal, feed and axial directions, 
respectively, as shown in Fig. 2. Signals of the 
cutting forces obtained with multi-edge mill are 
shown in Fig. 3(a) and that with double helix mill 
are shown in Fig. 3(b) during milling of the 
multidirectional laminates, respectively. Fig. 3 sorts 
out the similarity of the cutting forces Fy and Fz for 
the two mills. Compared to milling forces in x-(Fx) 

directions, milling forces in y- (Fy) and z-direction 
(Fz) are very small. The small value of Fy can be 
attributed to the small radial depth of cut. Since the 
double helix mill and laminate midpoints are aligned, 
the milling forces Fz are offset by two opposite helix 
angles. The small value of Fz for the multi-edge mill 
could be attributed to the flexible components of the 
multitooth which eliminates the cutting force along 
the Z-axis.  

Due to the difference of the cutting forces Fx 
between double helix mill and multi-edge mill, the 
cutting force Fx are mainly discussed in this paper. 
Because of the signal variations during mill rotation, 
the values of cutting forces Fx are averaged and also 
to reduce the influence of outlier values, the final 
results used are the average of five experiments run 
under identical conditions. The trend of the change 
in the cutting force Fx with the mill geometry, 
cutting speed and feed speed is illustrated in Fig.4. 
The cutting force Fx is mainly affected by cutting 
tool geometry and parameters. Tool geometry has an 
important effect on the cutting force Fx. At any feed 
speed and cutting speed, the obtained mean cutting 
force Fx value with the multi-edge mill is found to 
be much lower than those of that with the double 
helix mill. Minimum mean cutting force value is 
obtained as 57.1N at feed speed f=150mm/min and 
cutting speed vc =157.1m/min, and maximum mean 
cutting force value is found to be 141.2N at feed 
speed f=450mm/min and cutting speed vc 
=94.2m/min with the multi-edge mill. However, 
minimum mean cutting force value is obtained as 
171.1N at feed speed f=150mm/min and cutting 
speed vc =157.1m/min, and maximum mean cutting 
force value is found to be 251.2N at feed speed 
f=450mm/min and cutting speed vc =94.2m/min with 
the double helix mill. The main reason is that can be 
connected to the tool edge length. The double-helix 
mill has continuous cutting edges which results in a 
larger cutting area, but the multi-edge mill has 
intermittent cutting edges. 

A clear trend has been found regarding the 
effect of feed speed and cutting speed independently 
of tool geometry as same as most researches. It has 
been observed that when the cutting speed increase 
and feed speed decrease, all cutting forces Fx are 
reduced of two tools as shown in Fig. 4. High 
temperature at flow region and decreasing contact 
surface area cause the cutting force to decrease in 
comparison to the increased cutting speed.  

3  
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Table 1 Cutting parameters for force tests 
N(rpm) vc (m/min) f (mm/min) ap(mm) ae(mm) D(mm) 
3000 94.2 150 9 1 10 
3000 94.2 250 9 1 10 
3000 94.2 350 9 1 10 
3000 94.2 450 9 1 10 
4000 125.6 150 9 1 10 
4000 125.6 250 9 1 10 
4000 125.6 350 9 1 10 
4000 125.6 450 9 1 10 
5000 157.1 150 9 1 10 
5000 157.1 250 9 1 10 
5000 157.1 350 9 1 10 
5000 157.1 450 9 1 10 

 

 
(a) Cutting force signals with multi-edge mill 

 
(b) Cutting force signals with double helix mill 

Fig. 3. Typical cutting force signals (vc =125.6m/min, f =250 mm/min) 
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Fig. 4. Cutting force Fx  

 
Meanwhile, with the increase of feed rate, the 

contact area between tool and workpiece increases. 
As a result, material removal rate increases which 
contribute to the increase in cutting forces. 

3.2 Surface morphology 

The change of surface morphology has hardly been 
influenced by the cutting speed at the certain feed 
speed. So, only at the cutting speed vc =125.6m/min, 
the change of surface morphology are illustrated in 
Fig. 5 and Fig. 6 with the feed speed and the varied 
mills, respectively. The changes of surface 
morphology can be affected by fiber orientation, tool 
geometry and feed speed. 

The surface morphology mainly relates to the 
fiber orientation as shown in Fig. 5 and Fig. 6. Plies 
oriented at 45˚ suffered severe damage where fibers 
are generally bent and lifted-up as the cutting edge 
advanced, which can subsequently cause splitting or 
interfacial failure of fiber bundles and the matrix. 
Some of these fibers then proceeded to fracture/were 
pulled out while others were merely flexed, thereby 
producing a wavy surface. Surfaces with fibers at 0˚ 
generally showed the least damage, with fibers 
removed cleanly as a result of fracture by buckling 
[19]. Fiber pull out was observed in 90˚ and -45˚ 

plies leading to empty holes or large grooves as 
fibers tended to break at locations beneath the 
machined surface/depth of cut [20]. The softened 
matrix allows flexible fibers to escape from the 
cutting edge and spread over a wider area, especially 
those in the 90˚ and -45˚ direction. 

At the same time, the toll geometry has played 
an important role in the change of surface 
morphology. The surface machined with double 
helix mill is smoother than that machined with 
multi-edge mill. The main reason is that the 
continuous cutting edges of double-helix mill result 
in more serious friction between the workpiece and 
the tool flank surface than the intermittent cutting 
edges of the multi-edge mill do. Furthermore, with 
the increase of feed speed the surface morphology 
has changed. The matrix has hardly changed. 
However, plies oriented at varied fiber orientation 
have changed nonuniformly. With the increase of 
feed speed, plies oriented at 45˚ have changed 
significantly and plies oriented at 90˚ have also 
changed. But plies oriented at 0˚ and -45˚have 
changed very little. Increasing feed speed leads to 
higher cutting forces. Then the stresses increase 
which results in the more severe damage to carbon 
fiber, especially in plies oriented at 45˚. 

5  
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(a) vc =125.6m/min, f =150 mm/min 

 
(b) vc =125.6m/min, f =250 mm/min 

 
(c) vc =125.6m/min, f =450 mm/min 

Fig. 5. Micrographs with double helix mill 

 

90º 45º 0º -45º0º 45º 90º -45º

(a) vc =125.6m/min, f =150 mm/min 

 

90º 45º 0º -45º0º 45º 90º -45º

(b) vc =125.6m/min, f =250 mm/min 

 

90º 45º 0º -45º45º 0º -45º 90º

(c) vc =125.6m/min, f =450 mm/min 
Fig. 6. Micrographs with multi-edge mill 
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3.3 Roughness Measurement  

The recorded roughness is plotted as shown in Fig. 7. 
The average surface roughness Ra is measured 
within the sampling length of 5.6 mm. It means that 
includes about 30 plies and 7 or 8 plies oriented at 
45˚ result in the peaks. The measured roughness Ra 
results of milling surface with varied tools are 
shown in Table 2 at varied cutting speed and feed 
speed which the final results are the average of five 
experiments run under identical conditions.  

 

Fig. 7. Micrographs of specimens 

The measured cross-sectional roughness results 
show the roughness value used double helix mill is 
smaller than that used multi-edge router. This is 
similar to the observed results of surface 
morphology. In spite of the effect of the mill 
geometry, it is clear from these figures that the 

surface roughness falls with the increase of cutting 
speed; however, it increases with the increase of 
feed speed. i.e. to get a better surface finishing it is 
necessary a high cutting speed and a low feed speed. 

From Table 2 it can be inferred that the value of 
Ra increases with the feed rate, and decreases with 
the cutting speed, i.e. to get a better surface finishing 
it is necessary a high cutting speed and a low feed 
rate. The main reason is that the surface morphology 
becomes rough when the feed speed f increases. 
However, at the present experiments, the roughness 
Ra with the multi-edge mill bigger than the 3.2μm 
that has been typically required for aerospace 
applications [21]. So, the smaller feed speed should 
be required to improve the surface quality. 

Table 2 the roughness Ra of through-hole inner wall 
Ra (μm) 

vc (m/min)
f 

(mm/min) Multi-edge 
mill 

Double 
helix mill

150 3.03 2.28 
250 3.36 2.32 
350 3.41 2.39 

94.2 
(3000rpm)

450 3.49 2.76 
150 3.55 2.20 
250 3.96 2.43 
350 4.53 2.59 

125.6  
(4000rpm)

450 4.85 2.71 
150 4.48 2.14 
250 5.35 2.21 
350 5.43 2.47 

157.1 
(5000rpm)

450 5.65 2.66 

4 Conclusions 

Based on the experimental results obtained from 
the cutting force and machining quality after 
milling multidirectional CFRP, the following 
conclusions can be extracted. 
(1) The cutting force mainly relates to the geometry 

of tools and increases with the increase of feed 
speed and the decrease of cutting speed. 

(2) At the same cutting parameters, the surface 
morphology varied with the mill geometry. The 
surface machined with double helix mill is 
smoother than that machined with multi-edge 
mill. However, the surface morphology has 
changed nonuniformly which depends on the 
orientation of carbon fiber with the increase of 
feed speed. 

7  
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(3) The measured cross-sectional roughness results 
show the roughness value used double helix mill 
is smaller than that used multi-edge mill. This is 
similar to the observed results of surface 
morphology. In spite of the effect of the mill 
geometry, the roughness value of Ra increases 
with the feed rate, and decreases with the cutting 
speed. 
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1 Introduction: 

Weight reduction is a proven and efficient way to 

reduce fuel consumption of road and airborne 

vehicles. To achieve this, the use of lightweight 

alloys and composite materials has increased 

significantly during the last decade. The major 

challenge is, however, to reduce the weight of 

structures while reducing costs and improving the 

recyclability of structural material. 

An established way to reduce structural weight is by 

replacing the current material by a material with 

higher specific strength and/or stiffness properties. A 

recent example of this is the rapidly growing usage 

of ultra-high strength steel in cars. For high-end 

applications, glass and carbon fiber reinforced 

composite materials have also been used as they 

possess high weight specific stiffness and strength 

properties. Another approach to reduce structural 

weight is by using the materials more efficiently. An 

example of a geometrically efficient structure is the 

sandwich structure where two thin plates are 

separated by low density core material resulting in 

increased moment of inertia and hence structural 

bending stiffness and strength.  

During the past decade, many studies have focused 

on further improving the specific properties of 

sandwich structures by developing different core 

topologies, e.g. corrugations, honeycombs, 

pyramidal and lattice truss cores [1-6].  

More recently, ultra - lightweight core topologies 

have been presented where the core members are 

made of a lightweight composite material and/or a 

second order sandwich structure (hierarchical 

structure). [7-9]. 

In addition to good weight specific quasi-static 

properties, structures used in vehicles need to have 

good impact performance (e.g. to achieve required 

crash safety in cars). The compression impact 

properties of corrugated composite sandwich cores 

out of glass fiber composite materials have been 

investigated by Russel et al. [10]. They showed that 

the maximum dynamic compression strength of the 

corrugated core was a factor of 5 times higher than 

its quasi-static compressive strength. This increase 

in dynamic strength was mainly attributed to the 

strain rate sensitivity of the composite matrix which 

stabilized the fibers from failing by micro buckling. 

Kazemahvazi et al. [5] investigated the high strain 

rate compression properties of corrugated carbon 

cores with different slenderness ratios. They found 

that the dynamic strength of the core can be up to 8 

times higher than the quasi-static peak strength. The 

more slender the core members were, the higher 

dynamic strengthening effect was observed. It was 

concluded that the mechanism that causes the 

strengthening was inertial stabilization of the 

individual struts making them more resistant to 

buckling.  

Although showing good quasi-static and impact 

performance, traditional composite materials have 

two main drawbacks, complex and expensive 

manufacturing and poor recyclability.  A typical 

composite sandwich structure can be composed of 

more than 4 different materials, making material 

separation and recycling a costly and complicated 

endeavor. Recently, a new generation of composite 

materials has been introduced where the fibers and 

the matrix are made from the same recyclable 

thermoplastic base material. Being made of the same 

base material, this new family of composites, 

generally referred to as self-reinforced polymers 

(SrP), has shown great recyclability [11].  

The fibers used in SrP’s have higher molecular 

orientation which results in improved stiffness and 
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strength compared to the unreinforced matrix 

materials. The matrix material is often amorphous 

and/or a polymer with lower melting temperature. 

The SrP composite fibers are much more ductile 

than the matrix, which is an unusual property for a 

composite material, but results in the ability to 

absorb a high level of energy when (plastically) 

deformed [12,14]. Some examples of commercially 

available SrPs include poly (ethylene terephthalate) 

(PET) [12] and polypropylene (PP) [13] SrPs. 

Schneider et al. [12] investigated the quasi-static in-

plane compression properties of SrPET composites 

and showed that although they have lower stiffness 

than traditional composites; SrP’s have a high 

ductility. In structures where the material is used in a 

geometrical efficient way, SrP’s can be used to 

create structures with good specific mechanical 

performance. In this paper, a recyclable corrugated 

sandwich structure made out of 100% SrPET is 

presented. A novel manufacturing process together 

with quasi-static and dynamic out-of-plane 

compression test results of the corrugated SrPET 

sandwich are presented. 

 

2 Material and Manufacturing 

The material used in this study is a commingled 

balanced SrPET twill 2/2 woven fabric with an areal 

weight of 0.750 kgm
-2

 manufactured by Comfil® 

ApS [15]. The yarns of the fabric consist of a base 

matrix material PET, and a high tenacity PET which 

is termed fibre material. The melting temperature of 

the matrix is around 160-180 °C and the fibres melt 

at around 260 °C which is significantly higher than 

the matrix. 

The consolidation time of the material is governed 

by the consolidation temperature and consolidation 

pressure. With increasing consolidation time and 

temperature, the fibre – matrix bonding is enhanced 

but on the other hand the fibre properties are 

degraded. A proper bonded laminate with only 

slightly degrading of reinforcement can be 

manufactured at 220 °C for 20 min under a pressure 

of 1 bar [15]. Under these conditions, one layer of 

fabric results in a lamina with a thickness of about 

0.5 mm and a material density of 1380 kgm
-3

. 

The all-SrPET corrugated sandwich structures were 

manufactured in a machined aluminium tool of the 

size of 400 x 400 mm in a single sequence process as 

depicted in Fig.1a. 

To ensure successful demoulding of the sandwich 

structures possible all parts of the mould were 

coated with a layer of Tygovac RF260 

Flouropolymer FEP release film. Thereafter, the 

fabric for the first face sheets was placed in the 

mould. The fabric of the core was wound around the 

metal profiles so that a single layer of fabric is part 

of the core strut and the face sheet. This was done to 

ensure a proper bonding of the face sheet to the 

sandwich core (see Fig.1b). Finally, the fabric for 

the second face sheet was placed in the mould.  

The mould was put under 1 bar pressure in a hot 

press and heated at 10 °C/min to 220 °C. The 

temperature was held for 20 min and subsequently 

cooled at 10 °C/min to room temperature. The 

pressure was released and the sandwich was 

demoulded. With this manufacturing process it is 

possible to produce complete sandwich structures 

with a size of 400 mm x 400 mm in a single 

sequence. 

The final sandwich structure had a core thickness t = 

20 mm, a corrugation angle ω = 45° and a hat length 

of l1=10 mm which results in a unit cell length Lu of 

60 mm (see Fig. 2). Each unit cell was cut into a 

square base area of 60 mm x 60 mm. Three different 

strut slenderness ratios were investigated where the 

core density is presented in Table. 1. For reference 

purpose, a sandwich structure with a corrugation 

angle of 90° was manufactured to investigate the 

compression properties of the parent material. The 

trapezoid metal profiles from the 45° core were 

replaced with quadratic 25 mm x 25 mm aluminum 

profiles which resulted in a core with similar strut 

lengths as in the 45° core. In order to investigate the 

compression properties without any buckling the 

strut thickness of the 90° was 11 mm. The same 

manufacturing process as for the 45° core was used.  

 

3 Test Methods 

Static transverse compression tests were performed 

on a unit-cell in a screw-driven uniaxial loading 

machine (Instron4045).  The load was recorded with 

either a 100 kN or a 30 kN load cell depending on 

the expected failure load of the unit cell. All static 

compression experiments were performed with a 

constant cross-head displacement of 1 mm/min at 

room temperature of 23±3 °C. The axial 

compression displacement of the 45° core unit cell 

was measured using a linear variable displacement 
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transducer (LVDT) extensometer that was mounted 

on the rigid steel compression plates (see Fig. 2b). 

The compression strain of the 90° specimens was 

measured by using a digital image correlation 

technique [16] where a virtual extensometer was 

used to calculate the overall engineering 

compressive strain [12]. A minimum of 3 specimens 

per material configuration were tested. 

Dynamic compression tests have been performed on 

an instrumented Imatek IM 10-20 drop weight 

impact test machine. The compression test method 

to determine dynamic compression properties was 

based on the equivalent static method where a 

specimen is compressed between two flat plates. 

Diagnostics included a Phantom v210 high speed 

camera and force, energy, displacement and velocity 

information of the impact event. 3146 fps were 

captured during every single test. The force was 

measured with a 60 kN piezoelectric force transducer 

between striker and mass carriage, as shown in Fig. 

3. 

In order to ensure as constant impact velocity as 

possible, the mass of the striker was varied by 

adding weight into the mass carriage. All slender 

specimens and specimens with an impact velocity 

above 2 m/s were performed with an impact mass of 

16.4 kg. All other samples were tested with an 

impact mass of 31.4 kg. 

 

4 Summary of Experimental Results and 

Discussion 

 

4.1 Quasi-static testing of unit cells 

Quasi-static compression experiments were 

performed on the 90° core to investigate the 

compression properties of the parent material. The 

compressive stress was calculated using the 

measured compressive load on the 90° core divided 

by the cross section area of the two core members.  

Fig. 4 shows the compressive stress-strain responses 

of the parent SrPET material with a type stress-strain 

response up to the yield point, (peak stress, at about 

85 MPa) and minimal softening. At the yield stress, 

the struts start to deform into a barrel-shape which is 

a typical yield deformation mode for SrPET 

composites [12]. The E-modulus of the parent 

material is 4.5±0.1 GPa. 

In order to investigate the failure modes of the 45° 

corrugated cores, beam theory is used to estimate the 

quasi-static buckling strength of each unit cell. The 

buckling strength of a corrugated unit cell is, 

    
           

  
 (1) 

 

where ω is the inclination angle of the core member, 

LU is the length of the unit cell and Pcr is the critical 

buckling load for a single core member,  

    
      

    
 (2) 

where E is the elastic modulus, I the area moment of 

inertia, n is the buckling mode and K and L are 

factors for the boundary conditions (expected to be 

0.5 for a clamped-clamped beam). Using above 

equations, the compressive buckling strength of the 

slender core is 0.43 MPa, the intermediate core 3.5 

MPa and the stubby core 11.8 MPa. 

The quasi static stress - strain response of the 

corrugated cores is presented in Fig. 5. The peak 

stress of the slender and intermediate core is 

approximately the same as the above calculated 

theoretical mode 1 buckling stress. The stubby core 

however only reaches half its theoretical buckling 

load indicating a different failure mode than core 

member buckling. The stubby and intermediate 

cores show a clear stress peak whereas the slender 

core has no well-defined peak/bifurcation point. The 

difference in stress-strain response between the 

slender and stubby structures may be related to the 

strong influence of imperfection for cores with 

slender core members. 

In a slender strut, the relative imperfection is 

typically larger and results in lower and less defined 

buckling peak strength [5].  

 

4.2 Dynamic Testing of Unit Cells 

The impact performance of each unit cell has been 

tested by applying a dynamic load to the face sheet. 

The results are shown relative to the quasi-static data 

using a dynamic strengthening factor, defined as the 

dynamic peak stress normalized by the quasi-static 

peak stress for a core of the same geometry. This 

strengthening as a function of the compression 

velocity is presented in Fig. 6. The core with slender 

struts shows the highest strengthening effect 

followed by the intermediate and the stubby core. At 

velocities above 2.5 m/s the peak stress for all core 

configurations starts to level off. It can be further 

observed that the slender cores show a high variation 

in the dynamic peak strengths. As discussed 
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previously, slender cores have larger relative 

imperfections which cause a larger variance in 

strength. 

As the unit cell is loaded in compression, the core 

struts are loaded in a combination of axial 

compression and bending. The core member wall 

stress σM can be approximated to the axial 

compression stress by, 

   
        

   
  (3) 

where σ is the unit-cell core peak stress, ω is the 

inclination angle of the core member, A and AM are 

the cross-section areas of the entire core and the core 

member respectively. 

The core member stresses for all cores are plotted as 

function of the compression velocity in Fig. 7. In 

addition to the dynamic core member strength, the 

quasi-static (QS) core member strength of each core 

is also presented in the graph. The quasi-static core 

member strengths are lower than the corresponding 

dynamic core member strengths for all experiments 

indicating a strengthening effect as the loading rate 

increases. 

In order to compare the core member stress at peak 

load with the parent material SrPET, a dashed line 

representing the quasi-static yield stress is plotted in 

Fig. 7. The core member stress at core peak load for 

the slender cores is below the quasi-static yield 

stress of the parent material SrPET. This suggests 

that the slender core members do not fail by 

compression yielding of the material but through a 

different failure mode. 

The intermediate and stubby cores show a different 

behavior compared to the slender cores when 

subjected to dynamic loading. For a velocity lower 

than approximately 1.5 m/s the core member stress is 

lower than the quasi-static yield stress of SrPET. On 

contrary, at velocities higher than 1.5 m/s, the core 

member stress is higher than the quasi-static yield 

stress of the material. 

The stubby core member reaches a stress level 

which is higher than the quasi-static yield stress of 

parent material. At a compression velocity higher 

than approximately 3 m/s, the core member stress is 

1.5 times higher than the quasi-static yield stress of 

the parent material. This behavior illustrates that the 

compression yield stress of SrPET is rate dependent 

and increases with increasing loading rate. 

Photographs of a unit cell with slender core 

members loaded at a velocity of 0.8 m/s and 

corresponding compression stress- time / stress- 

strain diagram is displayed in Fig. 8. When the 

specimen is loaded no deformation of the struts 

(core members) can be observed up to 80 % of the 

compression peak stress (point 1). At the peak stress 

(point 2), buckling of struts can be observed with a 

mode 2 buckling shape. With increasing 

deformation, the strut to the left suddenly switches 

buckling shape to a mode 1. This mode change can 

be seen in the stress-time diagram as a drop in 

compression stress (point 3). However, the 

corrugation does not collapse entire and the 

compression stress increases once again until the 

strut to the right changes its shape (point 4). Finally, 

both core struts move into a mode 1 buckling shape 

and the compression stress falls rapidly. The 

theoretical quasi-static buckling stress for a mode 2 

buckling is higher than that measured during the 

dynamic testing (see Fig. 8) because the influence of 

imperfections is not considered in theoretical model. 

Further it can be seen, when the left strut changes 

the bucking mode to mode 1 and the right strut is 

still in mode 2, the compression stress of the core is 

still higher than the theoretical quasi-static buckling 

stress for mode 1 buckling.  

Photographs of a unit cell with a slender core 

member loaded at a velocity of 3.8 m/s and the 

corresponding compression stress- time / stress- 

strain diagram is displayed in Fig. 9. The first 

deformation is observed in the left strut as a 

buckling mode 2 shape at 85% of the core 

compression peak stress. With increased 

deformation, both struts buckle in mode 2 (point 3).  

Subsequently, the struts change the buckling mode 

from mode 2 to mode 1. The core member strut to 

the left buckles outwards and the strut to the right 

buckle inwards causing a compression stress drop. 

The compression stress increases again until the strut 

to the right suddenly changes the buckling shape. 

First the strut bends inwards and at point 6 the strut 

bends outwards similar to a snap-through. Post this 

“snap-through effect” the compression stress rapidly 

falls to zero. 

The theoretical quasi-static buckling stress for the 

slender sandwich core is presented in Fig. 9 where 

the upper dashed line represents mode 2 buckling 

and the lower mode 1 buckling respectively.  The 

mode 1 and 2 buckling in the experiment occurs at 

higher stress than the corresponding theoretical 

quasi-static buckling stress. 
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The compression stress – time response of the 

intermediate core is displayed in Fig. 10.  No 

deformation of the struts could be observed until the 

struts were loaded with peak load (point 1) where 

first the right strut buckles in a mode 1 shape (point 

2) followed by buckling of the strut to the left. Both 

struts buckle in mode 1 and in contrast to the slender 

core, no mode 2 buckling could be observed. 

Although the structure buckles into a mode 1 shape, 

inertia stabilization effects can be seen as the 

dynamic compression peak stress is well above the 

predicted quasi-static mode 1 bifurcation stress. 

The compression stress- time / stress- strain response 

of an intermediate core loaded at a velocity of 

3.8ms-1 is presented in Fig. 11. No deformation of 

the core struts is observed until the compression load 

reaches peak load where the strut to the right buckles 

in a mode 1 shape (point 2). A plastic hinge 

formation is observed in the middle of the strut. 

With increased deformation, the compression stress 

increases again until the strut on the left shows a 

snap-through effect (point 4-5). The left strut bends 

inwards and then snaps-through to an outwards 

buckling shape. The theoretical quasi-static buckling 

stress, displayed as a dashed line in Fig. 11, is well 

below the compression peak stress of the structure. 

This strengthening effect is believed to be mainly 

caused by inertial stabilization of the core member. 

The compression stress-time / stress-strain response 

of a unit cell with stubby core members is presented 

in Fig. 12. The stress-strain diagram shows a linear 

response up to 6 MPa where the slope of the curve 

changes and the stiffness decreases (point 1). At a 

unit cell stress of 6 MPa (point 1), the wall stress in 

the core members reach the static yield point of the 

material, 85 MPa, causing the reduction of stiffness. 

With increasing deformation, the core strut to the 

left deforms a plastic hinge on the upper end of the 

strut (point 4) causing a drop in compression stress. 

The calculated core member stress for a stubby core 

member at 1.5 m/s compression velocity was above 

the quasi-static yield stress of the parent material 

(see Fig. 7). Therefore only a small local stress 

concentration is needed to cause the material to start 

to deform plastically and the strut fails in plastic 

hinge formation 

The theoretical quasi-static buckling stress for mode 

1 buckling is higher than the compression core peak 

stress because the struts fail in a different failure 

mechanism, plastic hinge formation, at a lower core 

compression stress level.  

The compression stress – time / stress- strain 

response of the stubby core at a compression 

velocity of 5 m/s is displayed in Fig. 13. At a unit 

cell compression stress of 6 MPa, the wall stress in 

core member reaches the yield point of the material 

causing a slope change of the stress –strain response 

(point 2). With increasing deformation, both struts 

failed at a peak stress which causes a compression 

stress drop. The strut to the left fails in the middle 

where the right strut fails at the upper end. Both 

struts show a plastic material deformation.  

 

Final remarks regarding SrPET as a structural 

material 

The motivation of this study was to determine if 

SrPET composites can be used for structural parts if 

the material is used geometrically efficiently. A 

unique single stage manufacturing process for 

corrugated SrPET sandwich structures has been 

presented. During this process, no second or third 

material is added which results in significant 

recycling benefits compared to a traditional 

sandwich structure where adhesives are often used. 

The presented corrugated structures are believed to 

be the first all-composite sandwiches where fibers 

from the core members are integrated with the fibres 

in the face sheets. This novel manufacturing method 

enhances the interface strength and makes the 

sandwich structure more resistant to impact loading. 

Figure 14 shows a high speed photography sequence 

where a sandwich beam with slender core members 

is subjected to 3-point bending impact loading. The 

striker, weighing 10.4 kg, hits the mid span of the 

beam at 4.2 m/s. Although severe deformations can 

be observed, the core-face interface is intact. Thanks 

to the high ductility of this material no catastrophic 

material failure is observed and the post-test 

specimen looks largely un-damaged. It is concluded 

that SRPET materials be used to create efficient 

structures. 
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Fig.1. a) Aluminum mold for manufacturing the 

corrugated sandwich structures, b) Schematic fiber 

placing in the mould where fabric is displayed by a 

dashed lines  

 

 

 

 

 

 

 

 

Fig.2. a) Photograph of the manufactured corrugated 

sandwich structure, b) Schematic static compression test 

setup with extensometer 

 

 

Fig.3. Drop-Tower for dynamic compression testing 

  
Fig.4. Quasi-static stress-strain response of the parent 

material 
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Fig.5. Quasi-static stress-strain response of the slender, 

intermediate and stubby corrugated sandwich core with a 

corresponding photograph taken during compression 

testing 

 

 

Fig.6. Dynamic strengthening shown by normalizing the 

dynamic compression peak stress with quasi-static 

compression strength displayed as function of the 

compression velocity.  

 

 

 

Fig.7. Compression core member stress at core peak load 

as function of the compression velocity, quasi-static core 

member stresses are presented at velocity 0 m/s 

 

 

 

Fig.8. Compression stress – time response of a slender 

core during a dynamic compression test with compression 

velocity of 0.8 m/s and corresponding captured images 
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Fig. 9. Compression stress – time response of a slender 

core during a compression test with a compression 

velocity of 3.8 m/s, and corresponding captured images 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig.10. Compression stress – time response of an 

intermediate core during a compression test with a 

compression velocity of 1 m/s and corresponding captured 

images 
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Fig. 11. Compression stress – time response of an 

intermediate core during a compression test with a 

compression velocity of 3.8 m/s and corresponding 

captured images 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 
Fig. 12. Compression stress – time response of a stubby 

core during a compression test with a compression 

velocity of 1.5 m/s and corresponding captured images 
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Fig. 13. Compression stress – 

time response of a stubby core 

during a compression test with 

a compression velocity of  

5 m/s and corresponding 

captured images 

 

 

 

 

 

 

Fig. 14. 3-point bending experiments with an impact 

energy of 100 J  and a velocity of 4.2 ms
-1 

 

Tab.1. Geometry of the corrugated unit cell and core 

density 
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1 General Introduction 

The three year HyCOMP research programme began 

in January 2011 and followed earlier studies, also 

funded by the European Commission, into the 

reliability of storage systems for hydrogen and other 

gases at high pressures, up to 70 MPa. The 

programme encompasses the work of eleven 

partners in eight European countries and aims to 

place the design of such vessels on an objective and 

quantitative footing based on an understanding of 

the failure processes which can occur in carbon fibre 

composites when used in pressurised filament 

wound structures over long periods of time. Such 

pressure vessels are destined to store hydrogen at 

high pressures for use in ground transportation and 

other applications. Reliability is an absolute 

necessity but over designing should be avoided for 

reasons of cost. Existing testing standards are based 

on metal structures. The most intuitively obvious 

technique is the hydraulic test in which the pressure 

vessel is briefly subjected to one and a half times the 

maximum in-service pressure. After all if the vessel 

does not fail at a higher pressure why should it fail at 

a lower one? If the vessel survives this test it is 

deemed safe to continue in service. This is not only 

intuitive but can be justified by an understanding of 

failure processes in metals, which occurs by crack 

propagation. Any incipient crack or defect will 

provide a site for a stress concentration, as shown by 

Inglis (1) and if failure does not occur, the plastic 

deformation created ahead of the crack will impede 

its development at lower pressures. Composites do 

not fail in this way! Carbon fibres are elastic and 

wound on geodesic paths to make the pressure 

vessel so that, under pressure, they experience above  

 

 

all tensile loads and support up to 99% of the load. 

The carbon fibres ensure the integrity of the pressure 

vessel and if it is to fail catastrophically the fibres 

must break. Carbon fibres are elastic with no 

evidence of fatigue or time dependent failure 

processes (2). Composite pressure vessels do not fail 

by simple crack propagation and there is no simple 

plastic deformation process which inhibits damage. 

This means that the standards for testing metallic 

pressure vessels are unsuited to composites so that 

new means of evaluating composite pressure vessels 

based on their particular processes of damage 

accumulation are required. Failure models have been 

developed which simulate damage accumulation 

under sustained loads and have been validated by 

experimental tests on plate and filament wound 

specimens. 

 

2 Simulation of failure 

 

2.1 Development of models of damage 

accumulation 

 

As reinforcing fibres in filament wound structures 

are wound on geodesic paths they are subjected 

primarily to tensile loads when the vessel is under 

pressure. It is also clear that the fibres have to break 

for the pressure vessel to fail. This observation has 

been used to develop models in which the scatter in 

fibre strengths, obtained experimentally and 

quantified using Weibull statistics, is introduced into 

Representative Volume Elements (VER) containing, 

initially, thirty two intact fibres but which can fail 

during monotonic or sustained loading; see Figure 1. 

Fibre failure is seen as the primary failure 
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mechanism causing the composite structure to break. 

A data base quantifying the effects of fibre breaks in 

the VERs is established as an essential step in the 

multi-scale model. Previous studies have addressed 

the kinetics of fibre failure by considering the 

influence of the material components (3, 4). An ideal 

unidirectional composite, made up of a regular array 

of fibres embedded in a viscoelastic matrix and 

containing no defects, has been considered and the 

failure processes evaluated when it is under load. At 

this scale the physical process of fibre failure and 

associated phenomena such as decohesion of the 

fibre-matrix interface, load transfer lengths around 

broken fibres, load transfer between fibres and the 

viscoelastic behaviour of the matrix, can all be 

included in the behaviour of the RVE. The 

viscoelastic nature of the matrix is seen to control 

long term behaviour of the composite structure (5). 

It should be noted that some variations in the 

composites, such as local variations in fibre volume 

fraction have been considered but the results will not 

be discussed here. In addition the experimentally 

observed increase in elastic modulus and strength in 

carbon fibre composites under sustained load, due to 

relaxation of the matrix allowing improvements in 

fibre alignment, has been ignored.  

The VERs making up the structure, are summed so 

as to obtain an overall behaviour. Initial simulations 

have been on the behaviour of unidirectional 

composites and successfully compared to the results 

of damage accumulation detected using acoustic 

emission.  Later studies have applied this approach 

to both models of pressure vessels and to 

experimental studies to various types of carbon fibre 

pressure vessel. The experimental results show 

agreement with the model, which is able to calculate 

not only failure stress but also the experimental 

scatter which can be expected from apparently 

similar vessels.  

However this ideal view of the material is 

incomplete when considering a real structure as it 

then becomes necessary to include the effects of 

imperfections on the behaviour of a real rather than 

an ideal structure. By referring to a data base of the 

effects of fibre failure on the characteristics of the 

RVE it becomes possible, through a multi-scale 

simulation to scale up to the full structure, including 

imperfections, so as to finally predict failure of the 

complete structure. This approach has already been 

compared favourably with the results obtained with 

acoustic emission (AE). Nevertheless the analysis of 

the AE is not sufficiently detailed for the kinetics of 

failure of a unidirectional composite to be 

determined with precision (6). In addition the AE 

technique requires interpretation and analysis, which 

is open to doubt. For this reason the simulations 

have been compared directly to results obtained 

using high resolution tomography to reveal fibre 

failure as a function of applied load. In order to do 

so the simulation model has been used to examine 

behaviour in the material having the same resolution 

as in the high resolution tomographic experimental 

technique. The comparison has revealed very similar 

results between the simulation and high resolution 

tomography during tensile loading to failure of 

notched cross-plied specimens and this has lent 

confidence in applying the simulation to examine the 

behaviour of composite pressure vessels under more 

complex loading conditions (7, 8).  

The difficulties of experimentally observing the 

accumulation of damage at the level of individual 

fibres are considerable and require means that are 

not readily available, such as using high resolution 

tomography. However the above results have lent 

confidence in the simulation model. For this reason, 

the logical process adopted in the HyComp study is 

to use simulations to refine the understanding of the 

fibre break phenomenon based on relevant 

modelling. 

It is therefore assumed that it is possible to examine, 

a priori, in a complete composite structure, the 

kinetics of fibre failure events. This has been shown 

to consist of an initially random fibre failure process, 

which if it occurs in a RVE has no effect outside the 

remaining 31 intact fibres. However, as loading is 

increased, or time increases as in a constant loading 

situation, clusters of fibres begin to be created. 

Whilst low numbers of fibres in the clusters lead to 

still random distributions of damage, higher levels of 

numbers of broken fibres in clusters lead to a 

concentration of damage which eventually 

precipitates failure of the structure.  

The possibility that failure occurs with no warning, 

by a sudden-death type scenario, can be examined. 

The study has examined this process in simple 

composite laminated plates which were; 

unidirectional; cross-plied and angle-plied. This will 

be extended to more complex industrial structures, 

such as, composite pressure vessels. 
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3 Results 

 

3.1 Consequences of the model 

 

The model is sufficiently robust to allow different 

scenarios to be examined. For example the 

possibility that measurements of residual strength 

could be an indicator of remaining lifetime, as can 

be the case for metal structures. The model is able to 

demonstrate how the fibres in the VERs making up 

the composite structure fail during monotonic or 

sustained loading.  It is observed that damage in the 

form of fibre failure is largely random during most 

of the lifetime of the composite but that failure 

occurs rapidly after the fibre breaks begin to cluster 

The numbers of broken fibres in a RVE are 

described using the term i-plet in which i represents 

the number of broken fibres. Figure 2 reveals how 

this is described in the model. 

 

3.2 Monotonic loading 

 

At the point of failure, during a monotonic tensile 

test, it is seen that most (75%) of the RVEs contain 

no broken fibres and are in their initial state, as can 

be seen from Fig. 3. 

Just before failure only approximately 7 % of the 

VERs contain thirty two broken fibres. This explains 

previously published observations of flat SN curves 

of carbon fibre composites and the lack of warning 

of imminent failure which is observed with these 

materials. The model allows a closer examination of 

the kinetics of fibre failure in the composite while it 

is being loading monotonically to failure, as shown 

in Figure 4.  

The simulated tensile test allows a close examination 

of the kinetics of fibre failure; in this case for a 

unidirectional composite loaded parallel to the 

fibres. At the point of non-linearity, I, announcing 

imminent failure, approximately 5% of all fibres are 

broken and only 2% of these are in the form of 32-

plet RVEs, however, almost immediately, at J, 

around 7% of the broken fibres are as 32-plets and 

an instantaneous extension occurs during fibres in 

lower order i-plets are broken until point C is 

reached after which deformation is controlled by the 

remaining intact matrix before complete failure 

occurs at D. 

It is clear that residual strength tests of composite 

structures, including pressure vessels, are not 

suitable for the purpose intended in the case of these 

materials. 

 

3.3 Steady loading 

 

Under constant steady loading conditions, or cyclic 

loading up to a constant maximum load, damage 

accumulates as fibre breaks due to relaxation of the 

matrix within the RVEs. This leads to progressive 

increases in intact fibres neighbouring fibre breaks 

and some eventually fail. As this mechanism 

continues some RVEs begin to accumulate several 

fibre breaks and clusters of breaks are created. In 

extreme conditions this can lead to failure as shown 

by the experimental results in Figure 5 (9). 

These results show how several unidirectional 

composites loaded in the fibre direction to 96% of 

mean breaking load, failed after some time under 

steady loads. The specimens were nominally 

identical and showed times to failure ranging from 

less than two hours to 14 hours. Simulations of this 

type of test reveal that fibre break clusters develop 

throughout the loading but eventually lead to failure. 

It could be envisaged to do numbers of tests under 

steady loading at progressively lower loads so as to 

determine the possible existence of a threshold load 

below which failure was very unlikely to occur. The 

difficulty is that times to failure rapidly become very 

long as the loads are reduced. Simulated tests allow 

this behaviour to be assessed, as is shown in Figure 

6. It can be seen from this figure that times to failure 

increase rapidly as the load level is reduced. In 

addition it can be seen that, as the load is reduced, 

the scatter of time to failure increases. This is again 

evidence of the effect of the viscoelastic relaxation 

of the resin surrounding fibre breaks and resulting in 

increased loading, locally, on neighbouring intact 

fibres. The effect becomes more marked as loading 

times to failure increase. It can be seen that the time 

to failure increases in such a way as to become 

asymptotic to a threshold time representing an 

indefinitely long time to failure. 

 

4 Intrinsic limits based on component behavior 

 

4.1 Damage Threshold and Intrinsic Safety 

Factors 

 

Failure has been shown to occur when a threshold of 

damage is reached, at which point the breaks are 
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seen to be no longer random but to be grouped in 

clusters. However, the rate at which this happens 

and its exact level is a function of the defects and 

their distribution within the fibre population. 

Simulations and experimental studies on plate 

specimens have shown that the time to reach this 

critical threshold can vary considerably but can be 

determined from the nature of the composite 

constituents. In this way the probability curve of 

failure for a given structure, subjected to sustained 

loadings, can be drawn and the time to reach the 

damage threshold can be calculated. This has been 

possible due to the development of simulations of 

composites behaviour which have been compared 

favourably to experimental results. Experiments in 

which plates or pressure vessels would be held under 

steady loads until they failed could be conceived but 

the large scatter in lifetimes would involve a 

prohibitively high number of tests, and costs, which 

would last for very long periods. The simulated 

results however allow this behaviour to be 

investigated and a threshold level of load or pressure 

determined below which failure will not occur in 

any reasonable expected in-service lifetime. In this 

way, a minimum safety factor based on the intrinsic 

properties of the composite, but not taking into 

account possible defects due to manufacture or 

handling, has been calculated. However, it is 

unreasonable to conclude that there is no probability 

of failure however long the pressure vessel is under 

load. This inherent in the probabilistic analysis and 

that the curve shown in Fig. 6 is plotted on log 

scales for the life times. This means that there is no 

real asymptote of lifetime at which it is considered 

to be infinite. For this reason the model has been 

used to calculate the load level at which a 

probability of failure of one in a million over fifteen 

years and also over one hundred and fifty years. 

These results are shown in Table 1. Based on the 

above understanding of damage accumulation in 

carbon fibre composite pressure vessels, two means 

of arriving at these results have been used and will 

be discussed elsewhere. The results are similar and 

show lower risk factors than those previously 

proposed by other authors. In this way the minimum 

safety factor can be quantified, rather than being 

guessed at or being based on the behaviour of metal 

structures. Using the values for a probability of one 

failure in a million over 150 years, which has to be 

conservative, a value for the intrinsic safety factor of 

1.4 becomes reasonable. However, in order for a 

realistic safety factor to be assessed other damaging 

events should be considered such as manufacturing 

difficulties and the risk of accidental or deliberate 

damage occurring during the in-service life of the 

pressure vessel. Nevertheless quantifying the 

intrinsic safety factor goes a long way to allowing 

more realistic factors to be established which should 

both reduce costs whilst not reducing reliability and 

together these factors should encourage the industry 

to grow. 

 

5 Long term failure probability 

 

5.1 Determination of Reliability 

 

For composite pressure vessels to be widely used 

with confidence it is necessary to be able to 

determine long term reliability and also to be able to 

assess damage during in-service use. The model 

which has been developed and justified 

experimentally allows this to be done. A master 

curve of damage accumulation is drawn for the type 

of pressure vessel considered, taking into account 

the intrinsic safety factor described above. Any of 

the pressure vessels can then be compared to the 

master curve throughout its in-service life. It is 

possible to determine a threshold for a given lifetime 

but more useful is the threshold for indefinite in-

service lifetime, as is shown schematically in Figure 

7. Loading which does not take the pressure vessel 

above this level of damage can be considered to be 

acceptable and this threshold defines the minimum 

intrinsic safety factor. Unforeseen events could 

accelerate damage, such as overheating and other 

mechanisms but if the pressure vessel is seen to fall 

below the master curve which would be asymptotic 

to this threshold level, it can returned to service with 

confidence. 

 

6 Conclusions 

 

The aim of this study has been to understand how 

damage accumulates during the in-service lifetimes 

of carbon fibre composite pressure vessels. It has 

been shown that fibre breakages determine failure 

and that these can be modelled using a multi-scale 

simulation of the composite behaviour. This 

simulation has been compared to experimental 
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results both on composite plates and pressure vessels 

and shown to be realistic.  

Monotonic loading to failure of such composites 

produces random fibre failures all over the specimen 

until clusters of fibre breaks occur. This is very near 

final failure. Up until this point very little 

macroscopic effect is seen on failure strength, so that 

any measurements of residual strength show no 

marked change. Failure occurs with no warning in a 

sudden death manner.  A close examination of the 

kinetics of fibre breaks shows that even immediately 

before failure most fibres in the structure are intact. 

Clustering of breaks occurs due to the effect of the 

matrix. 

Under steady loading, less than the failure load, 

clusters of fibre breaks do accumulate due to the 

effects of the viscoelastic relaxation of the resin 

around breaks. This produces a gradual increase in 

stress, locally, in intact fibres neighbouring breaks 

and some of these can undergo delayed failure, even 

though the fibres are themselves purely elastic and 

insensitive to time effects. 

Experimental results have revealed that delayed 

failure can occur in the most stable form of the 

composite, which is a unidirectional plate loaded in 

the direction of the fibres. This has been successfully 

simulated and used to determine lifetimes at 

different load levels. It is seen that lifetimes tend to 

indefinite lengths of time as the load is reduced. In 

this way an intrinsic safety factor can be determined 

by dividing the mean breaking load by the threshold 

level. When a probability of failure of one in a 

million over different time scales is considered, it 

has been shown that a safety factor of 1.4 is more 

than adequate, based on the intrinsic properties of 

the composite’s components. In this way the 

intrinsic safety factor can be quantified for the 

structure. For real structures other factors would 

have to be factored in to determine a realistic safety 

factor and this would inevitably be higher than the 

intrinsic factor.  
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Fig. 1: The stochastic nature of fibre failure is introduced into the RVE. 

 

 

 

A microscopic cell with 32 fibres 
(Intact condition) : 0-plet 

2 fibre breaks: 2-plets 4 fibre breaks: 4-plets 8 fibre breaks: 8-plets 

16 fibre breaks: 16-plets 32 fibre breaks: 32-plets  
Fig. 2: The properties of the RVE are calculated as a function of increasing numbers of broken fibres. 
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Fig. 3: Percentages of fibres in VERs with no breaks (0-

plets) and those with all fibres broken (32-plets) during 

tensile loading 

 

 
Fig. 4: A simulated monotonic tensile test. 

 

 
Fig. 5: Damage accumulation & end of life under static 

load. 

 
 

Fig. 6: Times to failure as a function of applied steady 

load. 

 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

ICCM19 6044



Threshold for indefinite lifetime 

 
Fig. 7: Curves of damage accumulation for pressure vessels showing thresholds determining lifetimes of twenty years and 

indefinite in-service lifetimes. 

 

 

 

 

 

 

 

 

 Lifetime = 15 years Lifetime = 150 years 
Finite element analysis 78.8% of  mean burst pressure 

(SF = 1.28) 
75.5% of mean burst pressure 

(SF=1.32) 
Analytical study 71.9% of mean burst pressure  

(SF=1.39) 
71.4%  mean burst pressure  

(SF= 1.40) 
 

Table 1: One in a million probability of failure of composite pressure vessels in periods of fifteen and 

one hundred and fifty years taken as an acceptable risk factor. 
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1. Introduction  

 

The hypervelocity impact of space debris in the low 

Earth orbit (LEO) region is a serious concern for the 

spacecraft structural engineers. The increasing 

population of space debris and their impacts make 

the things even more worst. According to NASA 

studies, only 6% of the population in LEO is 

operational spacecraft while rest of them lies in the 

category of space junk. More than 21,000 orbital 

debris are larger than 10 cm known to exist while 

there are approximately 500,000 particles having a 

size in between 1 and 10 cm in diameter. The 

number of particles smaller than 1 cm exceeds 100 

million [1, 2]. The solution to big junks is done by 

maneuvering the spacecraft, but for the rest 

spacecraft has to be shielded effectively and 

intelligently by using advanced and optimized 

materials. Advance composites materials is one of 

the promising candidate for this application. But for 

any material to be used and validated for such 

application, one has to be aware of the 

environmental factors which can affect the 

performance of such systems. The LEO environment 

HYPERVELOCITY IMPACT OF SPACE DEBRIS ON 
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Abstract  

 
This paper describes the superiority of carbon/epoxy double bumpers with standoff distance 

incorporation over single bumpers, which can be used for the spacecraft shielding as a shift towards 

flexible shielding system. In this research, initially carbon/epoxy CU125NS prepreg was used to 

manufacture with having stacking sequence of [(0/±45/90)2]s in 16 layers, due to their superiority over 

other commercially available prepregs.  Afterwards the specimens were exposed to low Earth orbit 

environment, where they were attacked with UV, AO, thermal cycling and high vacuum conditions. The 

last factor of space debris impact was tested by using light gas gun with the Al2017-T4 projectile having 

mass of 0.25 g within the velocity range of 1500±500 m/s. The total mass loss of 0.42% was found on 

average for the composites when exposed to LEO environment. It was also being found that the double 

bumpers in combination of normal and oblique configurations can effectively encounter the space debris 

impacts in comparison to single bumpers either in normal or oblique configuration. Because the oblique 

impact events represent 80~90% of actual space debris impacts which a spacecraft experiences during its 

lifespan. The specific energy absorption for double bumper in normal and oblique configurations with 

100 mm standoff distance was found on average 14%, 35% and 50% higher in comparison to that of 

single bumpers at 45º, 30º and 0º respectively.   

In the end LS-DYNA analyses were also done by using SPH module for the double bumpers. The 

average energy difference of 15~22% was found while comparing with the experimental results. The 

simulated results helped to understand the space debris impact event and it’s propagation in a quite 

effective way. 

ICCM19 6046

mailto:cgkim@kaist.ac.kr


have the following major factors which can affect 

the system, namely; high vacuum, Atomic Oxygen 

(AO), Ultraviolet (UV) radiations, thermal cycling 

and space debris attack. 

The vacuum ranges from 10
-5

~10
-6

 Torr causing the 

out-gassing especially for composite materials, 

resulting in the degradation of the composites 

properties. The AO attack is on average 10
14

~10
15

 

atoms/cm
2
s on the ram side of the spacecraft 

resulting in the alteration of material properties. 

Thirdly, UV radiation usually has wavelengths in the 

100~400 nm, with the enough energy to break 

molecular bonds in polymers such as C-C, C-O, and 

functional groups, built volatile fragments and alter 

their material properties. The synergistic effects of 

AO and UV are more devastating for the materials 

used for space applications [3]. The other factors 

include, thermal cycling, where during one day, a 

spacecraft in LEO completes 14~15 cycles around 

Earth by encountering the shadow and sun-facing 

conditions with an average thermal gradient of 

150°C. Last parameter is the space debris attack on 

shielding system of spacecraft in the velocity range 

of 7~20 Km/s. Majority (80~90%) space debris 

attack are oblique in nature resulting in ricochet, in-

line and normal debris clouds especially in case of 

metal alloys [4].  

Different shielding in form of single or multiple 

metallic bumpers already had been investigated. 

Most widely used concept was of Whipple shield 

and the involvement of Kevlar and Nextel in 

between the bumper to encounter space debris 

attack. For multiple bumpers with different materials 

some components used for shocking projectile while 

others used for slowing down which make them 

different in mechanism from that of single bumper 

[5]. These shielding systems showed their 

dominance over single bumpers but with the 

advancement of composite industry, composite 

materials become superior. The usage of composite 

materials over metallic alloys in structural 

applications if justifiable being having high strength 

and stiffness over conventional alloys and having –

ve coefficient of thermal expansion, which is helpful 

when sun-facing and shadowing effects being 

considered. Secondly in case of composites, the 

fracture mechanics of composite materials including 

fibre breakage, matrix cracks, etc. were found to be 

the same for low and hypervelocity impact events 

[6].  

LS-DYNA software is general purpose finite 

element software used for non-linear structural 

dynamics and other analysis. In LS-DYNA, 

dedicated SPH (Smooth particle hydrodynamics) is 

used for the simulation of space debris impact on 

composite materials. The beauty of SPH is, it’s truly 

grid free and no computational efforts are required 

for mesh maintenance in comparison to conventional 

FE codes [7]. 

This paper deals with the hypervelocity impact of 

space debris in the low Earth orbit environment on 

the composite structures especially when the angle 

of impact is oblique and multiple bumpers being 

used in different orientations with predefined 

standoff distance to check the effect on space debris 

propagations and carbon/epoxy composites 

effectiveness. After the experimentation the 

simulation was conducted by using LS-DYNA with 

its special SPH module to find out the correlation 

among experimental and simulated results. 

 

2. Methods and Procedure 

 

During the experimentations, CU125NS was 

selected for the experimentation on the basis of its 

experimental superiority over other prepreg in the 

velocity range of 1000±50 m/s which are available 

in local market [8]. The CU125NS was prepared by 

hot melting process at Hankuk Fibres Glass 

Corporation (South Korea). The stacking sequence 

of [(0/±45/90)2]s in 16 layers was adopted, as the ply 

thickness and its sequence plays a great role against 

impact events and material energy absorption 

characteristics [9, 10]. After stacking the layers in 

quasi-isotropic sequence, specimens were placed in 

the autoclave.  

By adopting the standard procedures, in the 

autoclave, specimens were prepared in the 

dimension range of average 120 x 120 mm
2
. The 

average weight was found 36.50g with the average 

thickness of 1.75 mm.  

ICCM19 6047



 

3  

HYPERVELOCITY IMPACT OF SPACE DEBRIS ON MULTIPLE COMPOSITE BUMPERS: 

EXPERIMENTS & SIMULATIONS USING LS-DYNA 

 

Afterwards the specimen were exposed to LEO 

environment where  they were exposed to high 

vacuum of 10
-6

 to 10
-7

 Torr with the help of rotary 

and high vacuum diffusion pumps. At the same time, 

the specimen was exposed to UV radiation with 

wavelengths in the range of 100~200 nm. Thirdly, 

atomic Oxygen system used to generate AO flux 

through weakly ionized remote Oxygen plasma with 

a radio frequency (RF) plasma source. At the same 

time, thermal cycling was provided with a Halogen 

lamp located inside the chamber for heating and 

copper plate attached to a refrigerator for cooling 

conditions, simulating the sun facing and shadow 

scenarios while the spacecraft is in LEO regions. 

Heating was done radiatively while cooling was 

provided with conductive link by maintaining the 

temperature in the range of 100°C to -70°C during 

experimentation [3]. Only 14 thermal cycles were 

performed because most of the failures, if occurred 

due to thermal cycling, usually happened in the first 

few cycles [11].  The facility where above four 

parameters were simulated is shown in figure 1. The 

last and important parameter of the space debris 

impact was achieved by using light gas gun with 

Helium and Air at the pressure of 6 bars and 

150~250 bars respectively within the velocity range 

of 1500±500 m/s as shown in figure 2. Inside the 

light gas gun the obliquity of one bumper was 

adopted along with normal bumper, as obliquity 

being proved to be superior than that of normal 

impact cases [8]. The space debris used was Al2017-

T4 having 0.25 g in weight with 5.56 mm in 

diameter. 

The velocity before and after the impact on 

specimens were measured by laser and magnetic 

intervalometer. With this velocity the energy 

absorbed by the composite specimens were 

calculated. 

       
 

 
   (        

           
  )                

 

3. Experimental results  

 

Firstly, CU125NS specimens were exposed 

to low Earth orbit environment in simulation 

chamber, where on average 0.42% total mass loss 

(TML) was being found in the specimens. 

Afterwards, initial experiments were conducted for 

single bumpers and then followed by double 

bumpers in different combinations as shown in the 

figure 3. The configurations used were FN-RI and 

FI-RN, where F, R, N and I are front, rear, normal 

and inclined respectively. For these configurations 

the space debris were initialized with the help of two 

stage light gas gun. Different impact events were 

noted for different configurations.  

The velocity before and after the impact on 

specimens were measured and then converted into 

energy. Afterwards, the energy absorbed by 

specimens was calculated by the difference of 

energy before and after the impact. 

The figure 4 showed the specific energy absorbed by 

the single bumper in normal (0º) and oblique (30º 

and 45º) configurations. For the normal impact, the 

average specific energy absorption was found 150 

J/(g/cm
2
). While for the oblique impacts of 30º and 

45º, it was 220 and 300 J/(g/cm
2
) respectively within 

the velocity range of 1000±50m/s. 

For the double bumper combination of front and rear 

in configurations of normal and incline, the energy 

absorbed by the specimens is shown in figure 5. The 

average specific energy absorbed by the double 

bumpers in FN-RI and FI-RN configurations with 

100 mm standoff distance was found the same, 

which was on average 350 J/(g/cm
2
). The inclined 

bumpers with no standoff absorbed more specific 

energy on average.   

 

4. LS-DYNA  

 

LS-DYNA is general purpose finite element 

software used for non-linear structural dynamics and 

other analysis. LS-DYNA can handle different types 

of problems including hypervelocity impacts. Due to 

the involvement of large mesh deformation during 

impact modeling, the conventional FE solutions 

couldn’t provide the better solution. For such 

applications Smooth Particle Hydrodynamics (SPH) 

module is available which can handle large mesh 

deformation. SPH is based on lagrangian particle 
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method initially introduced by Lucy and Gingold 

and Monaghon in 1977 for astrophysical and shock 

physics problems. The advantage of SPH is being 

grid free and no computational efforts are required 

for mesh maintenance. Some limitations like tensile 

instability can make solution and having difficulty in 

matching the accuracy of finite difference methods 

unless an adequate numbers of particles used [12]. In 

LS-DYNA, spacecraft composite bumpers and 

projectile both were made with SPH particles. The 

composite specimens were made by using materials 

card_059MAT_COMPOSITE_FAILURE_SPH_M

ODEL with section SECTION_SPH in SPH module. 

The AL2017-T4 space debris was made with 

MAT_ELASTIC_PLASTIC_HYDRO having 

SECTION_SPH as well. CU125NS properties used 

during the simulation are available in table 1 [13] . 

Gruneisen equation of state (EOS) was used for 

incorporating the  high strain rates for Al2017-T4 

from data available at Lawrence Livermore National 

Laboratory reports [14]. For the composites, the 

limitation was there, MAT card 59 for composites 

doesn’t support EOS, so the strain rate wasn’t 

included for the composites in the analysis, showing 

limitation of results. The contact definition between 

SPH spacecraft wall were done in different 

combinations representing and duplicating the 

experimental configurations. By using single 

bumper specimens, followed by multiple bumpers in 

different combinations with different obliquities.   

Figure 6 showed the basic modeling of SPH 

bumpers in normal and oblique configurations and 

the definition of standoff distance. Total numbers of 

SPH elements used were 69133 out of which 1533 

SPH elements were used for the projectile. 

The figures 7 and 8 show the space debris 

propagation for one of the experiment which was 

done on double bumper at the velocity of 

1554.70m/s. The space debris took around 90 µSec 

to impact the second bumper at the standoff distance 

of 100 mm while doing penetration.  The energy 

absorbed was calculated by post processing the 

simulation in LS-Prepost. Energy absorption 

difference was found 16.75% for the velocity of 

1554.70 m/s. While comparing the energy 

absorption from experimental data the simulation 

results varied in the range of 15~22%. This was 

found due to many reasons. Firstly, carbon/epoxy 

modeling was done in laminate format not layer by 

layer. Secondly, in SPH modeling, SPH particle 

sensitivity effect the solution, more number of 

particles doesn’t mean the more accuracy. 

Sometimes it’s the other way around.  

 

 

5. Discussions 

 

The experimental results concluded that the 

specific energy absorption pattern for double 

bumper with standoff distance was much superior 

then the single bumpers in any of the orientations. 

The average specific energy absorbed for double 

bumpers in FN-RI or FI-RN orientations with 100 

mm standoff was found 14%, 35% and 50% higher 

in comparison to that of single bumpers at 45º, 30º 

and 0º respectively. But when compared with the 

double bumpers at oblique angles with no standoff 

distance, the energy absorption was found less. But 

this orientation of bumpers was found not suitable to 

actual space debris impact events happening on 

spacecraft in LEO environment. This case can 

increase the effectiveness only to specific angle 

event, but not for all types of oblique events. 

Although the average energy absorbed by FN-RI and 

FI-RN systems was found the same, but the damage 

area found different in both configurations. When 

the front bumper was inclined, less destruction was 

found in the second bumper as much of the energy is 

already been absorbed and projectile already been 

deformed. All this showed the first bumper obliquity 

superiority over the first normal bumper.  

The damage mechanism was found totally 

different than that of in metallic alloys. In case of 

carbon/epoxy composites, the damage and the 

energy absorption was mostly done by fiber 

breakage and their deformation and matrix fracture. 

The breakages of first bumper always result in the 

much release of epoxy in powder form, which can 

contaminate the nearby systems. It was observed 

visually that during impact event epoxy release was 

high enough to contaminate the system and its 
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surroundings easily. That’s why, the carbon/epoxy is 

not recommendable to use at such locations where 

nearby optics are involved. During exposure to LEO 

environment, the total mass loss of 0.42% is high 

enough to disturb the pointing accuracy, if 

carbon/epoxy system is going to use for optical 

payloads. 

Another interesting observation found was, 

with the increase of velocity the energy absorption 

kept on increasing, which is due to the strain rate 

effects. This effect demonstrates the fluid like 

behavior of solid at high level of stress in a localized 

area which usually crossed millions of pound per 

square inch.  

The LS-DYNA used for comparing the 

experimental results by using SPH module 

effectively demonstrates the capability of SPH for 

handling lager mesh deformation. The SPH 

modeling in the paper for the double bumpers done 

effectively and energy absorbed by the specimens 

were compared. The difference was found within the 

range of 15~22%. This is because of the limitation 

of SPH module for handling the strain rate effect for 

composites, but for Al2017-T4 projectile it’s been 

incorporated successfully. The modeled double 

bumpers although initiated and tested for the 

velocities obtained during experiments but this 

system was also found applicable for higher 

velocities too. 

 

6. Conclusions  

 

In this paper, the experimental and numerical 

evaluation of carbon/epoxy double bumpers was 

conducted. It was being found that double bumpers 

in normal and oblique configurations can effectively 

encounter the real time space debris impacts in all 

scenarios. The specific energy absorption for double 

bumpers was found on average 14%, 35% and 50% 

higher in comparison to that of single bumpers at 

45º, 30º and 0º respectively. While comparing with 

the double with no standoff distance, energy 

absorption was found more, but this limit the 

applicability of results in real time impacts and 

usage of standoff distance. Lastly the LS-DYNA 

results helped to understand the impact event 

properly along with comparing with experimental 

results. The difference of 15~22% was found on 

average, being no inclusion of strain rate effects for 

composites as LS-DYNA don’t support EOS for 

SPH composites. 
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Fig.1: The low Earth orbit chamber used for 

experimentations. 

 

 

 

Fig.2: The light gas gun. 

 

 

 

 

Fig.3: The configuration inside the light gas gun. 
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Fig.4: The specific energy absorbed by single 

bumpers. 

 

 

 

 

 

 

 

 

 

 

Fig.5: The specific energy absorbed by double 

bumpers in different orientations. 

 

 
 

Fig.6: LS-DYNA SPH modeling for space debris 

impact on composites. 

 

 

 

Fig.7: Space debris propagation upto 13 micro-sec. 

 

 

Fig.8: Space debris penetration into second bumper. 
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Fig.9: Post processed results for the composites (FN-

RI). 

 

 

Fig.10: Post processed results for the composites (FI-

RN). 

 

 

Table 1: The properties of CU125NS Carbon/epoxy 

prepreg [13] 

 
 

ICCM19 6054



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Summary 

Textile-reinforced composites provide many 
advantages compared to other materials. Their 
properties can be tailored and the material and the 
structure can be manufactured at the same time. The 
fundamental challenge is to combine the component 
design and the manufacturing process. A 
macroscopic material model for finite element 
simulations of the textile composite reinforcement 
forming process is presented. The model reflects the 
material behavior of textile reinforcements and their 
nonlinear character. Typically, the bending and 
shear stiffness of textile structures are low compared 
to the in-plane tensile stiffness in the fiber directions. 
This was taken into account within the continuum 
mechanics approach. 

1 Introduction  

The possibility to tailor the properties of textile-
reinforced composites provides the engineer creative 
freedom. The reinforcement architecture in complex 
shaped components can be aligned with the expected 
stresses and, thus, the potential of this advanced 
materials group can be utilized more advantageously. 
The fundamental challenge is to combine the 
component design and the manufacturing process. 
Firstly, the design possibilities such as roving 
alignment, textile architecture and textile drapability 
have to be known. Secondly, a production process 
has to ensure reproducibility and stability such that 
the textile reinforcement in the component has the 
desired properties. To analyze and solve these issues 
and challenges systematically and efficiently, 
numerical simulations are preferable compared to 
experimentally focused trial-and-error approaches. 
During the manufacturing of textile-reinforced 
composites the dry textile reinforcement is typically 
formed to a preform of the final geometry and 
subsequently injected or infiltrated with a thermoset 

or thermoplastic matrix. During the forming of 
complex double-curved shapes large global and 
local deformations of the textile reinforcement 
structure occur [1]. The fiber orientation, the fiber 
volume fraction, the component thickness and the 
occurrence of wrinkles and gaps between yarns 
determine the reproducibility of the forming process 
and thus the final product quality. 
Due to the possible motion between yarns textile 
reinforcements typically exhibit very small shear 
and bending rigidities compared to their large in-
plane tensile stiffness. Out-of-plane buckling 
(wrinkling) of textile reinforcements during forming 
is a combined effect of shearing and bending [2]. 
The simulation of wrinkles demands the correct 
reproduction of the textile bending behavior. 
Contrarily to classic materials such as metals the 
bending stiffness of textiles is independent of the in-
plane tensile stiffnesses, which requires specific con-
sideration within a continuum mechanics model. 
However, the bending and shear resistance of 
textiles depend on the in-plane tensile strain. The 
material is of a multiscale nature: the behavior of the 
macroscopic scale corresponds to local deformations 
of the fiber structure at the mesoscopic scale. The 
deformation behavior of fabrics comprising of 
continuous high-performance fibers consists of fiber 
elongation (crimped yarns), fiber straining, fiber 
slippage, fiber shearing, fiber compression, and 
bending. Shearing is the most relevant deformation 
mode during the forming of textile reinforcements 
[3-5]. From the shear force vs. shear angle gradients, 
which can be determined in picture frame or bias 
extension tests, the drapability of the fabrics 
(corresponds to the forming behavior on a curved 
surface) can be derived. The drapability essentially 
depends on the fabric density, which in turn results 
from the diameters of the inserted weft and warp 
yarns, the weft and warp density and the binding 

A SIMULATION APPROACH FOR TEXTILE COMPOSITE 
REINFORCEMENTS  
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1 Introduction  
Composite materials always suffer from 

delaminating caused by long term usage or external 
impact. However, damages are difficult to detect 
since most of them are buried deeply within the 
structures. Once damages developed, the integrity of 
the structure would be greatly compromised. 
Therefore, it is desirable to repair the composites to 
elongate the lifetimes and to lower the maintenance 
cost.  

Healing composites can be carried out by 
several methods. Dry[1] and White[2] used 
microcapsules filled with healing agents to heal 
microcracks. Kausch and co-workers[3] showed that 
single cracks in PMMA could be healed by rejoining 
and welding above the glass transition temperature. 
Kwon et al[4, 5] reported an electrical resistive 
heating method via carbon fiber network. Park et 
al[6-18] reported electrical resistive heating to  heal 
a thermally mendable polymer.  

In this paper, we studied the healing efficiency 
of resistive heating induced interface healing by 
microdroplet experiments. A polyarylether sulfone 
with cardo(PESC) microdroplet is repeatedly pulled 
of and rehealed, and the interface shear stress is 
measured for the rehealed microdoplets.  

 

2 Experiments 

2.1 Materials  

Commercially available carbon fiber T700SC-
12000-50C (Toray, Japan) with a diameter of about 
7µm, was used. A thermoplastic resin, polyarylether 

sulfone with cardo (PESC) was provided by Wuxi 
Resin Factory (China). The N-Methyl 
pyrrolidone(NMP) and acetone were provided by 
J&K Chemical Ltd.  

2.2 Preparation of micro-droplet specimens 

We first detached a single filament of carbon 
fiber from the fabric and then fastened it to a thin 
paper holder (20×70 mm) with double sided 
adhesive tape. The free fiber length was 
approximately 30mm. The micro-droplet specimen 
was made by applying PESC resin/ NMP at a weight 
ratio of 20:80 .Then the specimen was adhered on a 
single filament with an embedded length of 40–
80µm using a fine-point applicator (Fig.1). Then the 
specimens were cured in an air dry oven (101A-1, 
Shanghai Laboratory Instrument Works Co., Ltd.) 
under the normal pressure at 350℃ for 3 h.  

 

 
 
Fig. 1. Schematic drawing of micro-droplet 

composite specimens 
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The droplets normally have diameters of 20-80
μm, and Fig. 2(a) shows a typical droplet with 
diameters of about 70μm. By zooming in to one 
end of the droplet, we note that the surface of the 
microdroplet is quite smooth and the contact angle 
between the carbon fiber and resin is small, 
indicating a good wetting of resin on fiber surface. 

 

 
(a) 

 

 
(b) 

 
Fig. 2. SEM images of (a) a microdroplet with 

diameter of  70 μ m,  and (b) one end of the 
microdroplet.  

2.3 Mechanical tests 

Interfacial shear strength was measured by the 
micro-droplet test to determine the interfacial 
adhesion ability of fibers and matrix. Specimens 
were tested at room temperature on the interfacial 
strength machine (Tohei Sanyon Corporation of 
Japan) at a cross-head speed of 0.5µm/min. Two 
knives were brought very close to each other, as 
shown in Fig. 3, and eventually came in contact with 
the solid resin droplet. The fiber was pulled by an 
actuator while the force required to de-bond the 
droplet from the fiber was recorded. The force to 
pull the fiber out of the epoxy composite is 
measured and used to calculate the interfacial shear 
strength τ, which is expressed as 

 

dl

F


 max

 (1) 

 
where Fmax is the peak pullout force, d is the 

diameter of carbon fiber, and l is the embedded 
length of a micro-droplet.  
 

 
(a) 
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(b) 

 

 
(c) 

 

 
(d) 

 
Fig. 3.The process of micro-droplet test 

The SEM images of the debonded 
microdroplet are shown in Fig. 4. It is found that 
the surface of the droplet gets rough and some 
microcracks appears, indicating plastic 
deformations during the pulling process. A 
meniscus shaped resin was left on the fiber 
showing the breaking position. 
   

 
(a) 

 

 
(b) 

 
Fig.4 SEM images of the debonded 

microdroplet  
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2.4 Healing experiment  

After pulling off the resin micro-droplet, 
electrical current was applied to the specimen to heal 
the interface. After healing, the specimen was cooled 
down to room temperature and the whole process is 
monitored by an optical micrograph. Fig. 5(a) shows 
a healed microdroplet, and by zooming in, it is found 
that the resin attaches to the carbon fiber again. 
However, the surface of the droplet is not as smooth 
as the original one and the contact angle becomes 
larger, as shown in Fig5. (b). To determine the 
healing efficiency accurately, pulling off and 
resistive heating was repeatedly applied to a single 
microdroplet, and the interface adhesion was 
recorded for each cycle. SEM study shows that after 
each heating cycle, the microdroplet tends to vary its 
shape and dimensions a little bit, while the interface 
resumes attachment. This corresponds to some mass 
loss for each pulling off – resistive heating cycles, 
since after each cycle there will be a meniscus left 
on the carbon fibers. This mass loss applied a 
limitation on the heating times in the case of 
microdroplet test, however for the case of bulk 
carbon fiber reinforced composites, this is not an 
issue, since the lost mass will always be recovered 
for next heating cycle. 
 

 
 

(a) 
 

 
 

(b) 
 

 
 

(c) 
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(d) 
 

Fig.5 SEM images of the debonded microdroplet 
after resistive heating. 

 

3 Results and discussions  

The shape of the microdroplet varies after 
resistive heating, as well as the interface structures. 
This indicates a potential change of the interface 
shear strength. So we studied the healing efficience 
as a function of the heating electrical current and the 
heating times. 

 

 
Fig. 6.Healing efficiency dependence of 

electrical current  
 
The healing efficiency was defined to be the 

strain energy ratio of healed sample and virgin 

sample up to the maximum strength of the virgin 
sample. The strain energy was calculated, by 
integrating the area below the load–displacement 
curves.  

Figure 6 shows healing efficiency as a function 
of the electrical current. For an electrical current 
smaller than 5mA, the interface can not be healed, 
indicating that the temperature is lower than the 
glass transition temperature of PESC. As the current 
increased to 7mA, healing takes place and the 
interracial shear strength recovers. However, 
increasing the current further tends to cause the 
healing efficiency to decline. This can be attributed 
to the thermal decomposition of the matrix material 
due to the extra energy input. This indicates that 
controlling the heating current is critical for healing 
carbon fiber reinforced composite materials, since 
the heating tends to result in multi-effect. 
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Fig. 7. Healing efficiency as a function of 

healing times. 
 

The effect of healing on actual interfacial 
bonding behavior was evaluated using micro-droplet 
tests. After the resistive heating process, the 
microdroplet recovered its interfacial shear strength. 
Fig.7 shows the healing efficiency of the same 
specimen as a function of the healing times with an 
electrical current of 7mA. The healing efficiency 
ranges from 91.1% to 87.9%, and shows little 
degradation after multi healing cycle. From the high 
healing efficiency of the specimens, multiple healing 
of PESC composites with carbon fibers using 
electrical resistive heating was confirmed. 
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(e) 
 

Fig. 8 SEM images of microdroplets after 
resistive heating one (a) to five (e) times. 
 

4 Conclusions 

Interface damages in carbon fiber reinforced 
thermoplastic composite were healed using resistive 
heating. Micro-droplet tests were used to discern the 
possibility of healing from the healed specimen 
showed high interfacial shear strength. The best 
healing current was found to be around 7mA. The 
healing times has little effect to the healing 
efficiency, the maximum and minimize of healing 
efficiency are 91.1% and 87.9%. The self-healing 
ability of the carbon fiber/PESC composite was 
confirmed by electrical resistive heating. 
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1 Introduction  

Recently fiber reinforced materials have been 

widely applied as structural and/or functional 

materials in the various fields.  Especially in 

sporting goods, fiber reinforced plastics and other 

type of fiber reinforced materials have been used as 

main component such as tennis racket, golf club, 

yacht, etc.  In yacht application, several types of 

fiber reinforced materials have been used.  For 

example, deck, hull and mast are made of carbon or 

glass fiber reinforced plastics, and sail is consisted 

of PET or nylon sheet reinforced by fibers.  Other 

type of sail is PET or nylon sheet reinforced by fiber 

aligned adhesive tapes as shown in Fig.1[1].  In this 

application wide and thin tape is demanded to 

achieve the optimal sail properties.  In order to 

satisfy this demand thin reinforcing fiber, i.e. spread 

fiber tow, is required.  There exist various kinds of 

tow spreading methods such as using pneumatic, 

ultrasonic, etc. [2-11].  However, these methods 

require very complex and expensive system and it is 

difficult to expand their applications such as 

attaching to conventional molding/manufacturing 

machines. 

Recently spread fiber tow has been also focused 

in fiber reinforced plastics.  By using the thin fiber 

tow as reinforcement the weakness of the interlayer 

might be solved and it brings easiness of resin 

impregnation even in high-viscous thermoplastic 

composites.  Therefore it is important to establish 

the new and simple fiber spreading system to 

achieve the advanced composite with better 

mechanical properties. 

From these backgrounds, this study tried to 

develop the new fiber spreading system.  Fibers 

were spread by mechanical method, and as first trail, 

the spread fiber reinforced adhesive tape was 

developed.  The effect of fiber spreading on the 

mechanical properties was evaluated by tensile 

properties.  In addition, the tensile property was 

evaluated for the spread fiber laminated between 

plastic films. 

 

2 Development of Fiber Tow Spreading System 

2.1 Mechanism of Fiber Spreading: 1st 

Approach 

In the early stage of this work the suitable 

process was investigated to establish the effective 

fiber spreading system.  At first, the plate with arc 

edge was applied to spread the fiber tow.  Fig.2 

illustrates the first version of our developed fiber 

spreading system.  Fiber tow was drew out from the 

bobbin by driving roller A, and it was supplied to the 

spreading plate.  This spreading plate had the arc-

shaped edge and it was pushed down against the 

fiber tow.  Both by the tension of fiber tow, arc-
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Fig.1  Example of yacht sails reinforced by fiber 

aligned adhesive tapes [1]. 
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shape of the plate edge and the push-down force by 

the plate the, fiber tow was spread into thin filament 

layer.  Fig.3 is the fiber spreading part of the 

developed system and Fig. 4 is the example of fiber 

spread by this system.  Here, ultra high molecular 

weight polyethylene (UHMWPE) fiber (Dyneema 

SK60, 1760dtex, 1560filaments, Toyobo Co., Ltd., 

Japan) was used for the trial.  The width of the 

original fiber tow was approximately 2mm and it 

was spread to maximum 10mm.  In this system, 

however, the width after spreading was not stable 

and the fiber strayed aw ay from the center of the 

arc in the plate as shown in Fig.5.  The problems of 

this system are summarized as follows; 

 

 

Fig.2  1st version of the developed fiber spreading system. 

Spreading plate

Drawing

direction

Fiber tow

 

Fig.3  Fiber spreading part of the 1st developed 

system. 

 

Fig.4  Example of fiber tow spread by the 1st 

developed system. 

 

Fig.5  Unstable fiber states during fiber spreading process. 
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Problem I The track of the fiber during 

spreading process was unstable. 

Problem II The width of the spread fiber was 

unstable. 

Problem III It was difficult to control of fiber 

spreading when the original fiber 

tow had some distortion. 

 

2.2 Improvement of Fiber Spreading Process 

and Development of Manufacturing System 

for Spread Fiber Tow Reinforced Adhesive 

Tape 

As summarized in the previous section the 1st 

version of developed fiber spreading system had 

some problems which should be solved.  In order to 

solve these problems several improvements were 

attempted in the 2nd version of fiber spreading 

system.  Fig.6 illustrates the newly developed fiber 

spreading system with taping process.  This system 

was consisted of several sections; fiber driven 

section, fiber spreading section, taping section and 

winding section.  In order to solve Problem I, the 

guide bars were attached at several places to stable 

the track of the fiber movement in fiber driven 

section.  The spreading plate with arc-shaped edge in 

1st developed system was effective to spread the 

fiber tow, however, it derived the unstable 

movement of the fiber as a result of the friction force 

between fiber and plate edge.  To solve this problem 

the spreading plate was replaced by the roller with 

the inserted plates with arc-edge as shown in Fig.7.  

The problem of the unstable width of the spread 

fiber was attempted to solve by spreading fiber in 

the liquid environment.  In this process it is assumed 

that the surface tension might prevent the 

undesirable separation of the fiber tow.  In order to 

produce spread fiber reinforced tape the adhesive 

taping process was also introduced after fiber 

spreading process in this system.  Fig.8 illustrates 

the details of the fiber spreading process.  Here, 

toluene was used as liquid which was selected as 

ineffective solvent against the adhesive used in the 

taping process.  In order to spread fiber effectively 

the spread roller was rotated opposite the fiber 

drawing direction (the roller rotated 

counterclockwise in Fig.8).  After spreading fiber it 

advances the taping process.  The spread fiber is 

laminated between adhesive sheet and release film 

Fiber 
supply

Driving
roller A

Spreading process Taping process
Driving
roller B

Winding 
process

Bobbin

Guide bar A

Motor driven

roller

Guide bar B

Spreading roller
Release film

Adhesive sheet

Winding roll

Guide bar C

Motor driven

roller

Fiber drawing direction

Liquid bath

 
Fig.6  2nd version of the developed fiber spreading system. 

 

Fig.7  Fiber spreading roller for 2nd developed  

system. 
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by rolling process.  The adhesive sheet used here 

was acrylic-based adhesive (#784 (thickness: 60m, 

Ebisu Chemical Co., Ltd.), and the release film was 

PET film with 25m thickness.  Fig.9 is the outside 

view of the developed fiber spreading and taping 

system and the spread fiber in taping process.  By 

using this system UHMWPE fiber and aramid fiber 

were tried to spread.  Fig.10 shows UHMWPE and 

aramid fiber after spreading.  The original widths of 

these fibers were approximately 2mm.  UHMWPE 

fiber was spread to 13mm and aramid fiber was to 

15mm.  If the fiber was successfully spread into 

Liquid bath

(Toluene)

Spreading roller

(Rotate opposite

fiber drawing direction)

Release film

Adhesive

sheet

Lamination

 

Fig.8  Roller system for fiber spreading. 

                  

Fig.9  Developed fiber spreading and taping system and example of spread fiber. 

Spread width

13mm
                    

Spread width

15mm
 

(a)                                                         (b) 

Fig.10  UHMWPE (a) and aramid (b) fibers spread by the developed system. 
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mono-filament layer level, the width of the fiber 

should be approximately 19mm.  The results were a 

little narrow compared with it, however, it is 

considered that the obtained width was enough to 

use the reinforcement of the adhesive tape for yacht 

sail.  Fig.11 shows the spread UHMWPE fiber 

reinforced adhesive tape obtained by the developed 

system.  In production of this adhesive tape, 200-

300m length tape was obtained without any 

rearrangement of fiber and stable spread fiber was 

obtained. 

In the developed system the roller with arc-

edge plates was supposed to contribute to spread 

fiber by contacting the fiber on the arc-edge plates.  

In fact, however, the roller induced the water current 

around it, and it also might contribute to spread fiber 

effectively. 

In our 1st step UHMWPE fiber was chosen for 

checking the developed fiber spreading system and 

for producing the reinforced adhesive tape.  

UHMWPE fiber has high strength and modulus, 

however, it is not suitable for reinforcing the plastics 

matrix because it does not have reactive function 

with sizing and/or plastics matrix.  In addition, 

adopted UHMWPE fiber was non-sized fiber and it 

is not usual in case of the reinforcing fiber for 

polymer matrix composite.  In our 2nd step, 

therefore, carbon fiber was attempted to spread 

using our developed system.  12K carbon fiber with 

sizing was tried to spread by the developed 

spreading system.  This attempt has just started, 

however, carbon fiber was much easier to spread by 

the developed system compared with UHMWPE 

fiber.  In the developed system maximum width of 

spread fiber at final section was set at 25mm.  12K 

carbon fiber could spread to about 50mm at 

intermediate section.  Unfortunately carbon fiber 

could spread wider, however, uniformity was not 

acceptable and spread fiber tow was separated into 

several portions.  In our future work we will try to 

control the uniformity of the obtained spread fiber. 

 

3 Tensile Properties of Spread fiber Reinforced 

Sail Sheet and Spread Fiber Reinforced 

Polymer Film 

3.1 Tensile Properties of Yacht Sails with 

Spread Fiber Tow Reinforced Adhesive 

Tape 

In order to verify the effect of fiber spreading 

on reinforcing performance the tensile test was 

performed for yacht sail material.  The sail material 

used was PET based sail sheet, and the UHMWPE 

fiber reinforced adhesive tape manufactured by the 

developed system was adhered on the specimen 

surface.  The geometry of the tensile test specimen is 

shown in Fig.12.  In practical application fiber 

reinforced adhesive tape is adhered on one side of 

the sail, and therefore, the adhesive tape with spread 

fiber was adhered on one side of the specimen.  As 

reference the adhesive tape reinforced by the 

original fiber (non-spread fiber) was also adopted as 

reinforcement of the sail.  In addition, the original 

sail sheet without any reinforcement was also tested.  

Tensile test was performed at a constant cross-head 

speed of 5mm/min with 100mm gauge length by 

100

200

2
0

Spread or non-spread fiber

with adhesive tape

 

Fig.12  Geometry of tensile test specimen. 

 

Fig.13  Tensile load-elongation curves for sail sheets 

supported by fiber reinforced adhesive tapes. 

 

Fig.11  Spread UHMWPE fiber reinforced 

adhesive tape. 
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Instron type universal testing machine (Autograph 

AG-50KNI, Shimadzu Corp.).  Here, two types of 

reinforcing conditions were adopted to check the 

gripping effect of the fiber.  One was the specimen 

with the one fiber placed through top to end of the 

specimen, and the other was the specimen in which 

the fiber was placed only between the end-tubs.  The 

fiber was fully gripped in the former specimen and it 

was not gripped in the latter specimen. 

Fig. 13 shows the tensile load-elongation 

curves for the tested specimens.  In this figure 

annotation (cut) indicates the specimen in which one 

fiber was placed only between the end-tubs and fiber 

did not chuck by grip during tensile test.  Annotation 

(end) indicates the specimen with one fiber placed 

through top to end of the specimen and fiber was 

chucked by grip during tensile test.  By adhering the 

fiber reinforced adhesive tape onto the sail sheet the 

initial slope in the load-elongation curves were 

enhanced, and its effect was much higher in the 

spread fiber reinforced one.  In the (end) specimens 

the rigidity and the failure load was enhanced 

significantly because the fiber was gripped at the 

end of the specimen.  Even in the (cut) specimens 

the rigidity was quite high compared with the non-

reinforced sail sheet.  By comparing the spread and 

non-spread fiber the spread fiber specimen showed 

better tensile properties.  In the (cut) specimens, 

however, the adhesive tape did not follow the 

elongation of the sail sheet, and as a result, the 

reinforcing effect was a little at higher load level.  

Even in this case, the failure load in the spread fiber 

(cut) specimen showed higher value compared with 

the non-reinforced sail sheet and the non-spread 

(cut) specimens.  Therefore it is clear that the spread 

fiber is much effective to enhance the rigidity and 

strength of the sail. 

 

3.2 Tensile Properties of Spread Fiber Tow 

Reinforced Polymer Film 

The goal of this work is to establish the 

manufacturing process of the spread fiber reinforced 

polymer composite materials.  At this moment, 

however, the fiber spreading system was not 

combined with the composite manufacturing process.  

In the previous section the spread fiber tow 

reinforced adhesive tape was manufactured and the 

effect of spread fiber on tensile properties was 

evaluated.  This material was not actually composite 

material.  In this section, therefore, spread fiber tow 

reinforced polymer film composite was prepared and 

the tensile test was performed in order to evaluate 

the spread fiber on the mechanical properties. 

Material used was UHMWPE fiber as 

reinforcement and polyester (PET) film as laminated 

material.  The PET films were commercially 

available for paper lamination and its thickness was 

100m.  Here, the spread fiber was laminated 

between 2 PET films by heating at 120°C.  The 

prepared fiber laminated film was cut into tensile 

test specimen.  The geometry of the specimen was 

the same shown in Fig.12.  In this case the fiber was 

placed through top to end of the specimen and fiber 

was chucked by grip during tensile test.  In order to 

evaluate the effect of fiber spreading the specimen 

reinforced by non-spreading fiber was also prepared.  

Tensile test was performed at a constant cross-head 

speed of 5mm/min with 100mm gauge length by 

Instron type universal testing machine (Autograph 

AG-50KNI, Shimadzu Corp.). 

Fig.14 shows the tensile load-elongation curves 

for the spread and non-spread fiber reinforced PET 

films.  As reference the result of the non-reinforced 

PET film was also indicated.  The PET only 

specimen showed ductile behavior and the 

significant elongation appeared over 200N.  This 

specimen eventually failed at the elongation of about 

40mm.  The specimen reinforced with non-spread 

fiber showed reinforcing effect and the rigidity at 

low elongation and maximum load were enhanced.  

After maximum load, however, the load decreased 

gradually with increasing the elongation.  It is 

considered that not so many filaments broke at the 

maximum load and remaining filaments still support 

some load after the peak load.  This behavior 

suggested that some of the filaments supported the 

applied load during loading process and other 

filaments did not adhere with PET film.  As a result, 

 

Fig.14  Tensile load-elongation curves for fiber 

reinforced PET films. 
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ductile behavior appeared after the maximum load.  

The specimen reinforced with spread fiber showed 

much higher reinforcing effect compared with that 

reinforced with non-spread fiber and the rigidity and 

maximum load were significantly improved than the 

specimen reinforced with non-spread fiber.  In 

addition, the load suddenly dropped after the 

maximum load.  This behavior was quite different 

with the non-spread fiber reinforced specimen.  The 

spread fiber aligned as thin filaments layer compared 

with non-spread fiber and most of the filaments in 

the tow could contact directly with PET films.  This 

geometrical change contributed to obtain better 

adhesion between fiber tow and PET films.  As a 

result, most of the filaments could support the 

applied load and they broke simultaneously at 

maximum load.  Then the load dropped suddenly 

soon after the peak load.  Therefore spread fiber can 

establish better fiber/matrix interfacial property than 

the non-spread fiber.  This is the most important 

advantage in usage of spread fiber as reinforcement.  

In case of thermoplastic matrix composite high 

viscosity of melt resin induces the difficulty of resin 

impregnation into fiber tow.  By using the spread 

fiber the resin impregnation process might be 

omitted and thin thermoplastic composite 

intermediate material might be available just by 

coating the thermoplastic resin onto the spread fiber. 

 

4 Conclusion 

This study developed new fiber spreading 

system to obtain thin and widely reinforced material.  

The fiber was spread by using the roller with arc-

shaped plate.  The fiber contacted to the counter 

rotated roller in liquid environment and it was 

spread successfully.  The fiber spreading was 

achieved by repetition of contact-noncontact with 

arc-shaped plate and the water current produced by 

rotation of roller in liquid.  The spread fiber was 

laminated between adhesive sheet and release film, 

and eventually the spread fiber reinforced adhesive 

tape was successfully obtained.  The tensile test was 

performed for the sail material reinforced by the 

spread fiber reinforced adhesive tape.  The rigidity 

and the strength of the sail were well improved by 

using the spread fiber reinforced adhesive tape.  In 

addition, the spread fiber was laminated with PET 

films as similar material with composite laminate.  

Also in this case, the spread fiber achieved higher 

tensile properties compared with the non-spread 

fiber reinforced specimen.  In the spread fiber most 

of filaments in fiber tow could be contacted with 

PET film and this brought the higher interfacial 

property.  This result suggested that the better 

interfacial property could easily established in the 

fiber reinforced composites, even in the fiber 

reinforced thermoplastic composites.  In our future 

work this developed system will be modified for 

carbon fiber application and will be tried to combine 

this system to conventional composite 

manufacturing system such as extruder, prepreging 

machine, etc. 
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1 Introduction 

Structure/property relationships of cured 
epoxy/amine networks have been widely 
studied for many years [1-5] and with this 
knowledge, formulations for high 
performance composite applications with 
optimized processing and performance 
characteristics have been developed. In 
actual service these materials are always 
used in harsh environment which lead to 
their accelerated aging [6-8]. Moisture has 
been one of the primary concerns and 
many studies have focused on the effect of 
various hydrothermal treatment [9-11].  
However the structure and property 
relationship in aggressive environment 
such as in organic solvent is less studied 
and not well understood [12-15]. Given 
the importance of solvent resistance to 
continued application of composite 
materials in near engine applications, it 
was considered important to undertake a 
systematic study on structure property 
relationship for a range of epoxy resins 
and different amine hardeners with a view 
to better understanding the factors which 
impact solvent ingress. 

This work has therefore prepared a range 
of epoxy based polymer networks and 
determined their mechanical (compressive 
strength, modulus and strain) properties, 
thermal (glass transition temperature) 
properties and fluid resistances (MEK 
uptake) using many emerging amine 
hardeners and epoxy resins.  

2 Experimental  

2.1 Materials 

The formulations prepared in this work 
consisted mostly of three different epoxy 
resins, namely the commercially available 
diglycidyl ether of bisphenol A (referred 
to BisA epoxy) (Dow Australia), 
diglycidyl ether of bisphenol F (referred to 
as BisF) (Huntsman, Australia) and the 
experimental epoxy resin, 1,4-bis(2-(4-
(oxiran-2-ylmethoxy) phenyl) propan-2-
yl) benzene referred to as BisM epoxy. 
The amines used were as follows: 4,4 
diamino diphenyl sulphone (4,4 DDS), 3,3 
diamino diphenyl sulphone, (3,3 DDS) 
methylene dianiline (MDA), 4,4'-[1,3-
Phenylenebis(1-Methyl ethylidene)] 
Bisaniline (BisM), 4,4'-[1,4-Phenylenebis 
(1-Methyl-ethylidene)]Bisaniline (BisP) 
and 1,3-Bis (4-aminophenoxy) benzene 
(TPE-R). All of the amines were powders 
while the epoxy resins were high viscosity 
liquids.  All chemicals were used as 
received, though prior to blending and 
curing, all chemicals were extensively 
degassed at elevated temperature. The 
chemical structures are shown in Figure 1. 

 

2.2 Sample Preparation 

The formulations were prepared as 
follows. The epoxy resins and hardener 
were placed together in a round bottom 
flask at a 1:1 epoxide:amino stoichiometry 
and the mixed using a rotary evaporator 
until the hardener had fully dissolved into 
the epoxy resin and the blend was free of 
bubbles. This continued for approximately 
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1-2 hrs depending upon the reactivity of 
the formulation. The resin samples were 
then poured into pre-heated moulds and 
cured for 5 hrs at 150°C, followed by 
10hrs at 177°C, then allowed to cool down 
overnight.   

 

2.3 Characterization 

Fluid uptake was performed by immersing 
the samples in methyl ethyl ketone (MEK) 
in a sealed jar at room temperature.  Three 
cylinder with dimension 15 mm diameter 
and 15 mm in height were weighed two 
times per week to quantify fluid ingress 
which was continued for 31 days.  The 
compression samples were also measured 
after solvent ingress.   

The initial weight (Wi) were taken after 
samples were dried in vacuum oven for 24 
hrs. The percentage of absorbed solvent at 
time t Mt was calculated from 

�� = (�� − ��)	100%/�� 

Three samples were measured and results 
were averaged.  

Dynamic Mechanical Thermal Analysis 
(DMTA) was performed using a Perkin-
Elmer SEIKO DMA Diamond II Series.  
Samples of dimensions 12 mm x 50 mm x 
2.8 mm were placed in a dual cantilever 
fixture and a force amplitude of 20µm was 
applied at a frequency of 1Hz.  The glass 
transition temperature of the network, was 
measured by performing a temperature 
ramp from 50°C to 250°C at a rate of 
2°C/min.  

Differential Scanning Calorimetry (DSC) 
was performed using a Mettler Toledo 
DSC821e in the dynamic modes using, 5-
10mg. The sample was placed in a sealed 
aluminium crucible and placed inside the 
furnace in nitrogen environment. The 
sample was heated from 50 °C to 300 °C 
at a rate of 10°C/min. DSC was used to 
ensure that the cure profile used had not 
exothermic transition remaining after cure.  

Compressive properties were determined 
using an Instron  5500R Universal Testing 
Machine fitted with a 50 kN load cell and 
flat platens.  Cylindrical samples with 
height to diameter ratio of 1:1 were milled. 

Sample were placed between the platens 
and compressed using a crosshead 
displacement of 1 mm/min at constant 
temperature 23°C.  Compressive strain to 
yield, at failure, yield and failure stress 
and modulus were determined. 

 

This work focusses upon three different 
epoxy resin, BisA and BisF where the only 
difference between them is the isopropyl 
versus methylene linkage between the 
phenyl groups, and BisM which is in 
effect an extended or higher molecular 
weight BisA epoxy.  The amine hardeners 
are grouped into 2 separate experiments, 
the first explore the impact of different 
substitution patterns on biphenyl amines as 
well as the effect of a methylene linkage 
between the biphenyl groups (set 1).  The 
second experiment uses tri phenyl amines 
(set 2) and continues to explore the impact 
of substitution patterns, but also compares 
the impact of isopropyl versus ether 
linkages between phenyl groups.  The 
polymer networks are more clearly 
identified in Table 1.  

3 Result and discussion 

3.1 Fluid resistance – set 1 
The examination of solvent absorption of 
polymer material is critical because the 
solvent may plasticize the materials, 
causing a reduction of Tg and 
deterioration of mechanical properties.  
Fig. 2 shows the solvent uptake results 
plotted as a function change in mass (%) 
versus time (days) for the epoxy systems 
cured with 33DDS, 44DDS and MDA. In 
general, a linear solvent absorption is 
observed for all the systems studied. The 
BisA networks irrespective of the hardener 
increase their mass by between 0.9% and 
0.5%, while the BisM networks increase 
their mass by between 5 and 20%.  In fact, 
most of the BisM epoxy systems 
disintegrated during MEK immersion and 
was therefore not able to be measured at 
all, apart from the BisM- MDA system 
which shows extremely rapid increase in 
MEK.   The linear mass uptake over time 
has been reported by others[12, 14]. The 
significant solvent absorption difference 
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between the two epoxies is associated with 
their chemical structures.  The extra 
diphenyl isopropyl unit in BisM 
contributes to a higher free volume which 
facilitate molecular diffusion within the 
resin. [12, 16] 

Examining the specific impact of the 
different hardeners, focusing on the BisA 
system, showed that the 3,3 DDS was the 
most resistant to MEK ingress, increasing 
of the order of 0.5wt%, followed by the 
MDA cured network, increasing by about 
0.65wt% and then the 4,4 DDS network 
which increased in mass by about 
0.85wt% after 31 days soaking.  The BisF-
MDA system displayed the greatest 
resistance to solvent ingress that 
methylene linkages are beneficial for 
improving fluid resistance.  

 

3.2  Thermal and Mechanical 
Properties – set 1 

Fig. 3a) shows the tanδ spectra for some 
epoxy network, illustrating the reduction 
in Tg for the MDA and 33DDS cured 
systems. The difference between 33DDS 
and 44DDS is clearly a result of the 
different packing afforded by the kinked 
structure of the 33DDS. The overall results 
are shown in Figure 3b) which shows that 
these trends are evident for all of the resin 
systems.  

The meta vs para substitution from the 
amine has a substantial impact upon the 
glass transition temperature.  Comparing 
BisA epoxy cured with the 4,4 DDS with 
3,3 DDS the glass transition temperature 
decreases by 25°C after curing both 
samples at 177°C for 10 hrs.  Since both 
systems are fully cured, this clearly 
illustrates the effect of a stiff linear 
polymer backbone compared with the 
kinked backbone which surely arises from 
the 3,3 DDS hardener. 

Similarly the Tg results from sample set 2 
(Fig. 5) shows, regardless of the epoxy 
used, either BisA, BisF or BisM, the para 
substituted amine, BisP increases the Tg 
compared with the meta substituted amine, 
BisM. The increase is 25°C for the BisA 
epoxy resin, 17°C for the BisM epoxy 

resin and 17 °C for the BisF epoxy resin. 
The increase in Tg as a result of the para- 
substitution averages about 14%. 

The BisM structural moiety also reduces 
the glass transition temperature 
substantially.  In the case of 4,4 DDS, 3,3 
DDS and MDA they are reduced by 28, 
46.2 and 20.8 °C respectively.  This is 
presumably a direct result of the higher 
molecular weight of the BisM group, but 
further highlights the impact on the glass 
transition of meta- substitution. Also of 
note is that this occurs even though the 
meta- substitution occurs at the core of the 
molecule.  Also of interest is that the 
already meta substituted 3,3 DDS has an 
exaggerated reduction in glass transition 
temperature, suggestive of a synergistic 
reduction in glass transition temperature. 

 

The compressive properties are shown in 
Figure 4 and illustrate the impact of the 
kinked backbone from the 3,3 DDS to cure 
the epoxy network. There is a marked 
increase in modulus compared with the 
corresponding 4,4 DDS cured networks. 
This was observed for both the BisA and 
BisM systems.  Modulus as a property is 
well known to be controlled by short range 
molecular motions, that is related to 
molecular packing, and free volume 
related matters[1, 17] , so it is perhaps not 
surprising that the kinked polymer 
network might facilitate improved 
molecular packing, reduced free volume 
and hence higher modulus. This effect was 
exacerbated for the BisM polymer network 
most likely because it contains greater 
levels of meta- substitution already within 
the epoxy component of the structure and 
therefore increased kinking in the 
backbone structure.  

 

Figure 4b) shows the yield stress and 
strain results, which that BisA tends to 
have higher properties than BisM 
indicative of the importance of crosslink 
density on these properties. 
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3.2 Fluid resistance – set 2  

Figure 5 shows the fluid resistance for the 
tri aromatic amine cured with the three 
different epoxy resins. Comparing the two 
plots 5a) and b) which show the impact of 
BisA versus BisF, it is clear that BisF with 
its methylene linkages displays 
significantly improved behaviour, but 
again, any resin system that has the 
consecutive isopropyl species displays 
very poor fluid resistance. Other points to 
note are that BisP amine is generally 
poorer that the BisM amine again 
reflecting the likely increased free volume 
for a more rigid linear structure compared 
with the flexible and kinked BisM 
structure amine. The TPE-R hardener with 
multiple ether linkages however, displayed 
superior performance regardless of 
whether it was cured with the BisF or 
BisA epoxy resins. 

 

3.3 Thermal and Mechanical 

Properties  

The glass transition temperatures as 
determined from the tanδ spectra are 
shown in Figure 6 which show  that the 
BisP, para substituted amine, with a more 
linear structure, imparts a higher Tg than 
the BisM and TPE-R which are more 
kinked and flexible. The epoxy resin used 
is also shown to be important in 
controlling the Tg of the final network.  
BisA affords the highest Tg, followed byu 
the BisF then the BisM.  The lowest Tg for 
the BisM epoxy is expected because of the 
low crosslink density, however, the BisF 
epoxy with its methylene linkages clearly 
has greater flexibility compared with the 
BisA epoxy.  

The compressive mechanical properties in 
Figure 6 illustrate again this balance of 
flexibility and free volume within the 
structure and its impact upon properties. 
Figure 6a) shows the modulus, which is 
more controlled by short range motions.  
Here the BisM network is revealed to have 
higher proeprties compared with the BisF 
and BisA, in direct contrast to the Tg 
measurements. Overall the results, again 
correspond to increased levels of 
flexibility in the structure allowing greater 

packing and hence less free volume.  Og 
particular note is the BisM epoxy- BisM 
amine system which has the highest 
modulus.  In contrast, the BisA-BisP 
amine network has the lowest, given that it 
was shown to have the highest Tg and 
hence, likely the most rigid and therefore 
poorly packed network.  The yield stress 
and strain plot shown in Figure 6b) 
however, show the opposite behaviour, 
being more in accordance with cross link 
densities as would be expected.   

4 Discussion 

This study has systematically varied the 
structure of polymer networks via altering 
the structure of both the epoxy and amine 
component. Some structure/property 
relationships identified in this work as are 
follows: 

• Increasing the molecular weight of 
the isopropyl diphenyl repeat unit 
within the epoxy resin: 
a. Decreases Tg for the di-, and 

tri- aromatic rings, but more so 
for the di- aromatic amine. 

b. Enormously reduces solvent 
resistance. The BisM epoxy 
either dissolves causes massive 
MEK uptake.  

• Changing amine substitution from 
para- to meta- for di- and tri- 
aromatic amines:  
a. Meta substitution of the DDS 

greatly reduces. More so when 
used in conjunction with the 
BisM epoxy.  

b. Irrespective of epoxy resin, 
meta substitution increases 
modulus, due to improved 
packing afforded by the kinked 
structure.  

c. Increases solvent resistance for 
3,3 DDS compared with 4,4 
DDS, due to better packing and 
reduced free volume.  
d.  

• Comparison of isopropyl versus 
ether linkages: 
a. Irrespective of epoxy resin, 

isopropyl linkages, increase 
modulus. 
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b. For the BisA and BisF epoxy 
resin, the isopropyl linkages, 
reduce MEK resistance.  
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Figure 1. Chemical structures of the epoxy resins and amine hardeners used in this work. 

 

Figure 2. MEK fluid uptake in epoxy resins (BisA, BisF, BisM) cured with 3,3DDS, 4,4DDS and 
MDA as a function of time at room temperature. 

 

Figure 3 a) tan delta spectra of the mechanical analysis of BisA cured with 3,3DDS, 4,4DDS and 
MDA showing  and b) the Tgs as a function of epoxy resin and curing agent. 
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Figure 4 Impact on varying polymer network structure on a) modulus and b) yield stress and 
strength. 

 

Figure 5 MEK fluid uptake at room temperature for a) BisA (and one BisM epoxy resin) and b) 
BisF epoxy resins cured with BisP, BisM and TPE-R 

 

Figure 6 Tgs of the polymer networks produced from curing BisA, BisF and BisM epoxy resins 
with BisM, TPE-R and BisP amine hardeners. 
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Figure 7. Impact on network structure on a) modulus and b) yield stress and strength for BisA, 
BisF and BisM epoxy resins cured with BisM, BisP and TPE-R amine hardeners.  

 

 

Table 1. Samples prepared 
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1 Introduction 

Carbon fiber reinforced plastics (CFRP) are now 

being used for the primary structures of airplanes, 

ships and others, in which the high reliability should 

be kept during the long-term operation.  Therefore, it 

would be expected that the accelerated testing 

methodology for the long-term life prediction of 

CFRP structures exposed under the actual 

environments of temperature, water, and others must 

be established. 

We have proposed a general and rigorous advanced 

accelerated testing methodology (ATM-2) which can 

be applied to the life prediction of CFRP exposed to 

an actual load and environment history based on the 

three conditions.  One of these conditions is the fact 

that the time and temperature dependence on the 

strength of CFRP is controlled by the viscoelastic 

compliance of matrix resin [1].  The formulations of 

creep compliance and time-temperature shift factors 

of matrix resin are carried out based on the time-

temperature superposition principle (TTSP).  The 

formulations of long-term life of CFRP under an 

actual loading are carried out based on the three 

conditions. 

In this paper, the tensile and compressive static 

strengths in the longitudinal and transverse 

directions of two kinds of unidirectional CFRP 

under wet condition are evaluated using ATM-2.  

The applicability of ATM-2 and the effect of water 

absorption on time and temperature dependence of 

these static strengths are discussed. 

 

2 Advanced  Accelerated Testing Methodology 

(ATM-2)  

ATM-2 is established with following three 

conditions: (A) the failure probability is independent 

of time, temperature and load history [2]; (B) the 

time and temperature dependence of strength of 

CFRP is controlled by the viscoelasticity of matrix 

resin.  Therefore, the TTSP for the viscoelasticity of 

matrix resin holds for the strength of CFRP; (C) the 

strength degradation of CFRP holds the linear 

cumulative damage law as the cumulative damage 

under cyclic loading. 

The master curve of static strength can be shown by 

the following equation based on ATM-2. 
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The first term of right part shows the reference 

strength (scale parameter for the static strength) at 

reduced reference time t0’ under the reference 

temperature T0.  The second term shows the scatter 

of static strength as the function of failure 

probability Pf based on condition (A).   is the shape 

parameter for the strength.  The third term shows the 

variation by the viscoelastic compliance of matrix 

resin which depend on temperature and load 

histories.  nr is the material parameter.  The 

viscoelastic compliance D
*
 in (1) can be shown by 

the following equation, 
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where Dc shows the creep compliance of matrix 

resin and (’) shows the stress history.  t’ is the 

reduced time at T0, aTo shows the time-temperature 

shift factor of matrix resin and T() shows the 

temperature history.  The viscoelastic compliance 

D* under constant deformation rate loading (static 

loading) can be shown by 

   00 2 TtDTtD ,','* c  

Condition C is not considered here because the static 

loading employed in the tests is monotonic. 

 

3 Experimental Procedures  

Two kinds of unidirectional CFRP laminates were 

employed in this study.  One is T300/EP which 

consists of carbon fiber T300 and epoxy resin 2500 

(Toray).  The laminates were cured by autoclave 

technique at 135
o
C for 2hours and then post-cured at 

160
o
C for 2hours.  The aging treatment for post-

cured specimen was conducted at 110
o
C for 50hours.  

The Wet specimens by soaking the aged specimen 

(Dry specimen) in hot water of 95
o
C for 121hours 

for 1mm thick specimen in longitudinal direction, 

95
o
C for 144hours for 2mm thick specimen in 

longitudinal direction and 95
o
C for 121hours for 

2mm thick specimen in transverse direction were 

respectively prepared.  The water content of all of 

wet specimen was 1.9wt%.  The other is the 

T700/VE which consists of carbon fiber T700 

unidirectional non-crimp fabric (Toray) and 

vinylester resin Neopol 8250L (Japan U-PICA).  

The laminates were molded by vacuum assisted 

resin transfer molding technique and then cured at 

room temperature for 24hours.  The post-cure is 

conducted at 150
o
C for 2hours.  The Wet specimens 

by soaking the aged specimen (Dry specimen) in hot 

water of 95
o
C for 25hours for 1mm thick specimen 

in longitudinal direction, 95
o
C for 50hours for 2mm 

thick specimens in longitudinal and transverse 

directions were respectively prepared.  The water 

content of wet specimen was 0.5wt%. 

The dynamic viscoelastic tests for the transverse 

direction of unidirectional CFRP were carried out at 

various frequencies and temperatures to construct 

the master curve of creep compliance for matrix 

resin.  The static tests for typical four directions of 

unidirectional CFRP were carried out at various 

temperatures to construct the master curves of static 

strength for unidirectional CFRP.  Longitudinal 

tension tests were carried out according with 

SACMA 4R-94.  Longitudinal bending tests under 

static and fatigue loadings were carried out 

according with ISO 14125 to get the longitudinal 

compressive static strengths.  Transverse bending 

tests were carried out according with ISO 14125 to 

get the transverse tensile static strengths.  Transverse 

compression tests under static and fatigue loadings 

were carried out according with SACMA 1R-94. 

 

4 Results and Discussion 

4.1 Viscoelastic behaviour of matrix resin 

The left side of Fig.1 shows the loss tangent tan  

for the transverse direction of two kinds of 

unidirectional CFRP (Dry specimen) versus time t, 

where t is the inverse of frequency.  The right side 

shows the master curve of tan  which is constructed 

by shifting tan  at various constant temperatures 

along the logarithmic scale of t until they overlapped 

each other, for the reduced time t' at the reference 

temperature T0=25
o
C.  Since tan  at various 

constant temperatures can be superimposed so that a 

smooth curve is constructed, the TTSP is applicable 

for tan  for the transverse direction of two kinds of 

unidirectional CFRP.  The master curve of tan  for 

Wet specimens can be also constructed as shown in 

Fig.1.  The TTSP is also applicable for tan  under 

wet condition.  The master curve of tan  is shifted 

to the left side by water absorption as shown in Fig.1. 

The left side of Fig.2 shows the storage modulus E’ 

for the transverse direction of two kinds of 

unidirectional CFRP (Dry specimen) versus time t.  

The right side shows the master curve of E’ which is 

constructed by shifting E’ at various constant 

temperatures along the logarithmic scale of t using 

the same shift amount for tan  and logarithmic scale 

of E’ until they overlapped each other, for the 

reduced time t' at the reference temperature T0=25
o
C.  

Since E’ at various constant temperatures can be 

superimposed so that a smooth curve is constructed, 

the TTSP is applicable for E’ for the transverse 

direction of two kinds of unidirectional CFRP.  The 

master curve of E’ for Wet specimens can be also 

constructed as shown in Fig.2.  The TTSP is also 

applicable for E’ under wet condition.  
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The time-temperature shift factor aTo(T) which is the 

horizontal shift amount shown in the upper portion 

of Fig.3 can be formulated by the following equation, 
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where G is the gas constant, 8.314×10
-3

 [kJ/(K•mol)], 

H1 and H2 are the activation energies below and 

above the glass transition temperature Tg, 

respectively.  H is the Heaviside step function. 

The temperature shift factor bTo(T) which is the 

amount of vertical shift shown in the lower portion 

of Fig.3 can be fit with the following equation: 
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where bi are the fitting parameters. 

The creep compliance Dc of matrix resin was back-

calculated from the storage modulus E’ for the 

transverse direction of two kinds of unidirectional 

CFRP using [3] 

)(/)(c tEtD 1 ,     
tEtE  2|)(')(    (6) 

and approximate averaging method by Uemura [4]. 

The master curves of back-calculated Dc of two 

kinds of matrix resin are shown in Fig.4.  The master 

curve of Dc can be formulated by the following 

equation, 
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where Dc,0 is the creep compliance at reduced 

reference time t’0 and reference temperature T0, and 

t’g is the glassy reduced time on T0, and mg and mr 

are the gradients in glassy and rubbery regions of Dc 

master curve.  Parameters obtained from the 

formulations for aTo(T), bTo(T), and Dc are listed in 

Table I. 

  

(a) T300/EP (b) T700/VE 

Fig.1 Master curves of loss tangent for transverse direction of unidirectional CFRP 
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(a) T300/EP (b) T700/VE 

Fig.2 Master curves of storage modulus for transverse direction of unidirectional CFRP 

 

 

 

(a) T300/EP (b) T700/VE 

Fig.3 Shift factors of storage modulus for transverse direction of unidirectional CFRP 
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(a) T300/EP (b) T700/VE 

Fig.4 Master curves of creep compliance for matrix resin calculated from the storage modulus for the 

transverse direction of unidirectional CFRP 

 

Table I Parameters for master curve and shift factors of creep compliance for matrix resin 

 
T300/EP  T700/VE 

Dry Wet Dry Wet 

T0 [
o
C] 

Tg [
o
C] 

Dc0 [1/GPa] 

t’0 [min] 

t’g [min] 

mg 

mr 

H1 [kJ/mol] 

H2 [kJ/mol] 

b0 

b1 

b2 

b3 

b4 

25 

110 

0.337 

1 

1.54E06 

0.0101 

0.405 

132 

517 

1.65E-02 

-1.86E-03 

6.64E-05 

-8.29E-07 

3.81E-09 

25 

65 

0.351 

1 

2.34E03 

0.0348 

0.466 

150 

547 

0.150 

-1.39E-02 

4.26E-04 

-4.71E-06 

1.73E-08 

 25 

110 

0.337 

1 

1.36E06 

0.00893 

0.373 

128 

576 

3.24E-04 

-1.99E-04 

8.64E-06 

-1.75E-08 

-1.71E-10 

25 

(90) 

0.339 

1 

(1.80E04) 

0.0195 

(0.373) 

129 

- 

-8.77E-03 

1.45E-04 

9.63E-06 

- 

- 
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4.2 Master curves of static strengths for 

unidirectional CFRP 

Figures 5 and 6 show the master curves of static 

strengths for longitudinal tension X, longitudinal 

compression X’, transverse tension Y and transverse 

compression Y’ for Dry and Wet specimens of two 

kinds of unidirectional CFRP obtained from the 

strength data at various temperatures by using the 

time-temperature shift factors aTo shown in Fig.3.  

The solid and dotted curves in these figures show the 

fitting curves by Eq.(1) using the master curves of 

creep compliance of matrix resin in Fig.4.  The 

parameters obtained by formulation are shown in 

Table II. From these figures, the static strengths of 

two kinds of unidirectional CFRP decrease with 

increasing time, temperature and water absorption.  

The time, temperature and water absorption 

dependencies of static strength of unidirectional 

CFRP are different with the loading direction. 

4.3 Relationship between static strengths and 

viscoelasticity of matrix resin  

Figure 7 shows the relationship between the static 

strength of two kinds of unidirectional CFRP and the 

viscoelastic compliance of corresponding matrix 

resin.  The slop of this relation corresponds to the 

parameter nr in Table II.  The slop depends on the 

loading direction while that changes scarcely with 

water absorption.  It is cleared from these facts that 

the time, temperature and water absorption 

dependencies of static strength of unidirectional 

CFRP can be uniquely determined by the viscoelastic 

behavior of corresponding matrix resin. 

Figures 8 and 9 focuses to the comparison of 

relationships about  each strength of two kinds of 

unidirectional CFRP and the viscoelasticity of 

corresponding matrix resin.  All cases of the 

relationship are uniquely determined for the 

viscoelastic behavior of corresponding matrix, 

however the relationship is not always fitted by a 

straight line.  That of the compressive strength of 

transverse direction Y’ is accurately fitted by curves. 

  

(a) T300/EP (b) T700/VE 

Fig.5 Master curves of tensile and compressive strengths in the longitudinal direction of unidirectional 

CFRP 
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(a) T300/EP (b) T700/VE 

Fig.6 Master curves of tensile and compressive strengths in the transverse direction of unidirectional CFRP 

 

Table II Parameters for master curve of static strength of unidirectional CFRP 

  T300/EP T700/VE 

  Dry Wet Dry Wet 

X 

s0 [MPa] 

nr 

 

1700 

0.0762 

14.7 

1675 

0.0528 

20.7 

2174 

0.0633 

22.9 

1881 

0.122 

22.7 

X' 

s0 [MPa] 

nr 

 

1446 

0.316 

10.0 

1535 

0.356 

7.18 

1416 

0.738 

6.92 

1389 

1.01 

21.1 

Y 

s0 [MPa] 

nr 



121 

0.387 

7.04 

90.6 

0.371 

7.97 

47.9 

0.362 

14.7 

34.4 

0.436 

32.4 

Y’ 

s0 [MPa] 

nr 



156 

0.0868 

5.68 

131 

0.130 

11.4 

164 

0.713 

5.92 

136 

1.06 

31.2 
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(a) T300/EP (b) T700/VE 

Fig.7 Static strength of unidirectional CFRP versus viscoelastic compliance of matrix resin 

 

  

(a) Longitudinal/tensile X (b) Longitudinal/compressive X’ 

Fig.8 Comparison of relationship between static strength of unidirectional CFRP and 

viscoelasticity of matrix resin (X and X’) 
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(a) Transverse/tensile Y (b) Transverse/compressive Y’ 

Fig.9 Comparison of relationship between static strength of unidirectional CFRP and 

viscoelasticity of matrix resin (Y and Y’) 

  

5 Conclusion 

A general and rigorous advanced accelerated testing 

methodology (ATM-2) for the long-term life 

prediction of polymer composites exposed to an 

actual loading having general stress and temperature 

history has been proposed.  The tensile and 

compressive static strengths in the longitudinal and 

transverse directions of two kinds of unidirectional 

CFRP under wet condition are evaluated using ATM-

2.  The applicability of ATM-2 can be confirmed for 

these static strengths.  The time, temperature and 

water absorption dependencies of static strength of 

unidirectional CFRP can be determined by the 

viscoelastic behavior of matrix resin. 
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Abstract 
 
Ultrahigh molecular weight polyethylene 
(UHMWPE) fibers are highly crystalline fibers with 
superior mechanical properties and very high tensile 
strength. However, due to the fibers' non polar 
nature it is hard to bond them to other polymers. In 
this research, the fiber surface was modified using 
atomic layer deposition (ALD) of alumina at low 
temperatures. The surface treatment was aimed at 
increasing the adhesion between the fibers and an 
epoxy matrix without degrading the fiber 
mechanical properties (as often happens after fiber 
surface treatment).  
The Microbond technique was used to quantify the 
interfacial shear strength between the UHMWPE 
fibers and the epoxy matrix and it was found to be 
tripled compared to a non-treated fiber, without 
reducing the fibers’ ultimate tensile strength. 
X-ray photoelectron spectroscopy (XPS) and atomic 
force microscopy (AFM) were used to characterize 
chemical composition and surface morphology of 
the deposited layer. Young modulus and nano-
hardness were derived from the nano-indentation 
measurements using an AFM probe. Nano-
indentation results showed an order of magnitude 
increase in the fibers’ Young modulus and nano-
hardness after alumina deposition.  
 
 

 
1 Introduction  
 
The interface between a fiber and its surrounding 
matrix plays a crucial role in the mechanical 
behavior of a composite. UHMWPE fibers are 
highly crystalline fibers with very high tensile 
strength (3.9 GPa) [1]. The fibers are comprised of a 
large number of fibrils with a high degree of chain 
alignment, which gives the fibers their unusual 
strength.  However, these fibers have poor adhesion 
to the different matrices they are intended to 
reinforce due to their non-polar surface. In order to 
improve their interfacial adhesion, the surface of the 
fibers must be treated before they are embedded in 
the matrix. Currently used surface treatments 
include: corona discharge [2], chemical treatments 
with chromic acid, potassium permanganate and 
hydrogen peroxide [3, 4], and different plasma 
treatments [5, 6], which are successful in enhancing 
the bonding between UHMWPE fibers and an epoxy 
matrix. These treatments increase the interfacial 
adhesion by removing any contaminants from the 
fiber surface as well as introducing roughness and/or 
polar functional groups on the surface of the fiber. 
These common surface treatments, however, 
degrade the UHMWPE fiber tensile strength by 
about 10%  [3, 7].  
The work presented herein suggests an alternative, 
new, method to improve fiber-matrix interfacial 
adhesion by adding a buffer inorganic ceramic layer 

UHMWPE FIBER SURFACE MODIFICATION BY ATOMIC 
LAYER DEPOSITION OF ALUMINA 
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of aluminum oxide using atomic layer deposition 
(ALD). ALD is a vapor deposition technique based 
on two complementary self-limiting chemical 
reactions that take place sequentially and in an 
alternating fashion. The substrate is exposed 
alternately to each of the two precursors and by 
repeating this 2-step cycle a thin film is build up, 
one monolayer at a time to a desired well-defined 
thickness [8]. The ALD process can be used to coat 
both flat and high-aspect-ratio structures. 
Thin layers of aluminum oxide were deposited by 
ALD, using H2O and trimethylaluminum (TMA) as 
sources for oxygen and aluminum respectively. The 
ALD process was performed by alternately 
supplying pulses of argon flow gas containing either 
H2O or TMA vapor according to the following two 
step process [8, 9]:  

AlOH∗ + Al(CH3)3→AlOAl(CH3)2∗ + CH4 (a) 

AlCH3∗ + H20 →AlOH + CH4    (b), 
where the asterisks denote the surface species. 
Mechanical properties and chemical composition of 
the alumina coated fibers, as well as the interfacial 
shear strength between the fibers and epoxy matrix 
were studied. 

 

2 Experimental 

The study was carried out on single fiber/matrix 
micro-composites. The matrix was epoxy resin 
(Epusil EP-502, Polymer Gvulot, mixed with 
hardener EPC-9 at a ratio of 100:16). The fibers 
were Spectra 1000 - ultrahigh molecular weight 
polyethylene (UHMWPE) fiber (nominal diameter 
27 µm) [10]. Single fiber/matrix samples were cured 
for 5 h at 80°C in air. 

ALD (Fiji F200 system, Cambridge NanoTech at 
BIU) was employed for depositing aluminum oxide 
thin film coatings on UHMWPE fibers. The ALD 
was equipped with a remote plasma generator. 
Trimethylaluminum (TMA, Al(CH3)3) (Sigma-
Aldrich) and water (18 MΩ) were used as 
precursors, without heating. Argon gas flowed 
continuously at a 260 sccm flow rate. The base 

pressure was 0.16 Torr and the chamber temperature 
was set to 80°C. For some of the fibers, prior to the 
Al2O3 ALD process, the plasma generator (13.56 
MHz) was activated for 1 min at 300 W, with an 
oxygen flow of 30 sccm and an argon flow of 200 
sccm. This pretreatment (subsequently referred to as 
1 min plasma) was used to increase the surface 
reactivity. Each ALD cycle consisted of a 0.06 s 
pulse of TMA, followed by a 15 s purge, and a 0.06 
s pulse of water, followed by a 30 s purge.  

Five different kinds of specimens were evaluated: 

(i) pristine UHMWPE fibers;  

(ii) 1 min plasma treated UHMWPE fibers;  

(iii) fibers coated by 23 nm alumina ALD without 
plasma pretreatment; 

(iv) 1 min plasma treated fibers followed by 7 nm 
alumina ALD; 

(v) 1 min plasma treated fibers followed by 23 nm 
alumina ALD.   

7 nm alumina ALD and 23 nm alumina ALD were 
achieved after 100 and 350 coating cycles, 
respectively. The thickness of the deposited films 
was assessed by ellipsometric measurements of 
alumina deposited on a Si witness sample.  

X-ray photoelectron spectroscopy (XPS) 
measurements of the alumina coating on flat 
UHMWPE samples were performed in a ultra-high 
vacuum (UHV) chamber (base pressure ~4x10-10 

Torr) equipped with a non-monochromatic Al Kα X-
ray radiation source operated at 1486.6 eV and a 
CLAM 2 hemispherical energy analyzer (VG 
Microtech). The spectrometer was calibrated to the 
position of the 3d5/2 line of clean-sputtered Ag of 
368.25 eV binding energy [11]. A high sensitivity 
XPS scan was recorded in the 0–1200 eV energy 
range using a pass energy of 100 eV, while 20 eV 
pass energy was used for high resolution 
measurements of Al 2p, C 1s, and O 1s core level 
lines. Binding energies in the spectra have been 
corrected based on the position of adventitious 
carbon at 285.0 eV. The curve fitting of the core-
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level XPS lines was carried out using the CasaXPS 
software with a Gaussian–Lorentzian product 
function and a non-linear Shirley background 
subtraction. A Gaussian/Lorentzian mixing ratio 
(GL) was taken as 0.3 for all lines. For quantitative 
estimations of surface compositions, standard atomic 
photo-ionization cross-section values from the 
SPECS data base were used [12]. 

The fibers’ tensile strength was measured using a 
tensile testing system (Instron, Model 4502, 10 N 
load cell and strain rate 1 mm/min) [7]. 

An atomic force microscope (AFM) (Veeco, 
Multimode NanoScope) operating under ambient 
atmospheric conditions was utilized for the 
determination of surface roughness, as well as nano-
mechanical properties of the coating (hardness and 
elastic modulus were derived from nano-indentation 
measurements using a diamond pyramid tip). 

Microbond tests were carried out to measure the 
effect of alumina coatings on the fiber/matrix 
interfacial shear strength. The interfacial shear 
strength of single fiber/matrix samples was 
measured using an Instron. Fig. 1 illustrates the 
microbond technique including an image of an 
epoxy drop on an UHMWPE fiber. Fig. 2 shows a 
typical load-displacement curve obtained for 
UHMWPE/epoxy sample.  
 
 

 

 

(a) 
 

(b) 

Fig. 1. Microbond method illustration (a) and optical 

microscope image of a drop on UHMWPE fiber (b). 
  

  

 
Fig. 2. Microbond method typical load-displacement 
curve obtained for UHMWPE/epoxy sample. 

 
Measurements of the dimensions of the epoxy 
droplets on the fiber were carried out using an 
optical microscope. The interfacial shear strength for 
each drop was calculated by dividing the load at 
failure by the contact area (πLD, where L is the 
embedded length and D is the fiber diameter). The 
results were averaged over 15 measurements. 
 

3 Results and discussion 

Aluminum oxide was deposited on UHMWPE fibers 
using ALD. Different samples, with different surface 
treatments were examined, including pristine fibers, 
fibers exposed to 1 minute plasma prior to aluminum 
oxide ALD treatment, fibers exposed to 1 minute 
plasma only, fibers exposed to aluminum oxide 
ALD treatment only. The adhesion of these 
variously treated fibers to an epoxy matrix was 
measured. 

 

3.1 XPS studies 

XPS analysis was carried out in order to evaluate the 
chemical composition of the ALD coating. Due to 
small dimensions of the fibers, the XPS 

measurements were performed on a flat, 1×1 cm2 

UHMWPE (Dyneema) plate. UHMWPE plate was 
coated by 23 nm alumina ALD concurrently with the 
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fibers coating (sample type (v) in Experimental 
section).  
Surface elemental composition derived from the 
XPS data are shown in Table 1. XPS analysis shows 
a substantial concentration of carbon on the surface. 
This carbon may originate either from 
“adventitious” contamination or from the underlying 
UHMWPE substrate. Another possibility is the 
presence of an unreacted TMA residue in the 
deposited layer. The quantitative analysis shows that 
the Al:O ratio is close to 2:3, indicating the 
existence of a stoichiometric Al2O3 oxide layer. The 
estimated thickness of this layer (23 nm) is higher 
than the XPS sampling depth (about 10 nm). Thus, it 
is suggested that the origin of the C1s peak is an 
“adventitious” contamination layer.  

 
Table 1. Surface elemental composition (at. %) of 23 nm 
alumina ALD coated UHMWPE plate, derived from XPS 
data. 

 

Peak  Assignment  Peak 
Position 
(eV) 

FWHM 
(eV) 

Atomic 
Conc. 
(%) 

C 1s C-C, C-H 285.0 2.0 27.3 

C 1s C=O 286.7 2.3 2.7 

C 1s -COH, 

-COOH 

289.3 2.3 3.4 

O 1s Al-O 531.4 2.7 35.2 

O 1s C=O;-COH 

-COOH 

532.8 2.7 7.5 

Al 2p Al-O 74.9 2.1 23.8 

 

3.2 Fiber Tensile Strength 

Fiber tensile strength and fiber/matrix interfacial 
adhesion were measured and the results are 
summarized in Table 2. The tensile strengths of 
UHMWPE fibers were measured after different 
surface treatments. These tests were used to build a 
tensile strength distribution curve based on over 22 

measurements. The tensile strength distributions for 
each of the fibers after different treatments were 
analyzed using a Weibull model, as follows [13, 14]: 
 

⎥
⎥
⎦

⎤

⎢
⎢
⎣

⎡
⎟
⎠
⎞

⎜
⎝
⎛−−=

β

α
x

xF exp1)(

                   (1)

 

 
where F(x) is the probability of failure up to the 
applied stress x; β is the shape parameter that 
characterizes the width of the distribution; and α is 
the scale parameter, which is approximately the 

mean or the expected failure stress. The α and β 
parameters are presented in Table 2. The results 
show that UHMWPE tensile strength was not 
changed by the alumina coating.  
It is known that a typical plasma treatment of 10-15 
min can reduce fiber tensile strength by about 10% 
[3, 7]. In this study, the fibers were pre-treated by 1 
min plasma before Al2O3 ALD; this might affect the 
fiber tensile strength in comparison to the non-
treated Al2O3 ALD fibers. The plasma treatment 
conditions, such as plasma composition, pressure, 
treatment time, and plasma power, contribute to the 
final properties of the fiber surface. Short plasma 
treatment (of a few seconds) achieves some amount 
of surface oxidation, while longer treatment times 
might lead to both surface oxidation and cross-
linking. This might increase the cohesive strength of 
the surface. A prolonged  plasma exposure results in 
surface pitting that can lead to mechanical 
interlocking [14]. The mechanical interlocking 
further improves the interfacial adhesion, but causes 
a reduction in the fiber mechanical strength 
properties. For example, 2 hr of oxygen RF plasma 
exposure increases the surface roughness but 
reduces the fiber tensile strength by 50% [1, 15].  
 

3.3 Interfacial Shear Strength 

The microbond test results (see Table 2) show that 
the interfacial shear strength between the untreated 
UHMWPE fiber and the epoxy matrix is relatively 
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low (3.7 ± 0.5 MPa). However, the deposition of 
alumina (at thicknesses of 7 nm and 23 nm) on the 
plasma pretreated fibers increased the interfacial 
shear strength to 8.7 ± 1.5 MPa and 10.9 ± 3.8 MPa, 
respectively. The improvement in the interfacial 
adhesion with increasing alumina ALD thickness, 
along with the fact that increasing the ALD 
treatment time (more cycles) did not damage the 
fiber tensile strength, should be studied further by 
changing the alumina ALD thickness to 50 or 100 
nm. 
It should be noted that 1 min of plasma pretreatment 
without alumina coating also increases the 
interfacial adhesion (the interfacial shear strength of 
8.9 ± 2.5 MPa). Thus, there is no need for the longer 
plasma treatment of 10-15 min, which compromises 
the fiber tensile strength.  
The 1 min plasma treatment should be compared to 
the 23 nm alumina ALD coating without plasma 
pretreatment. It was found that the interfacial shear 
strength for both samples was quite similar, 
8.9 ± 2.5 MPa and 8.5 ± 2.2 MPa, respectively. 
These results show that there is no need for plasma 
pretreatment in order to create a better interfacial 
adhesion between the fiber and the matrix.  
The 1 min plasma treated fibers followed by 23 nm 
alumina ALD coating was found to be the most 
effective treatment. Both high interfacial shear 
strength (10.9 MPa compared to 3.7 MPa for pristine 
fibers) and slight improvement in the fiber Weibull 
distribution shape parameter (8.1 in comparison to 
6.3) were observed. Further examination with AFM 
demonstrates that the 23 nm alumina ALD coating 
resulted in higher surface roughness. Probably, the 
interfacial adhesion was improved by the 
combination of increased roughness and fiber 
functionalization, i.e. the addition of polar groups 
and the creation of a chemical bond, which is most 
important in polyolefin fiber/matrix adhesion 
mechanism [5, 7, 13]. 
The alumina ceramic coating may modify thermal 
stability of the composite in the same manner as the 
addition of clays and other nano-oxides to polymers 

[16]. This hypothesis will be investigated in future 
work. 
 
Table 2. The averaged interfacial shear strength and 
Weibull parameters (α - scale parameter in GPa and β - 
shape parameter) for the tested fiber/matrix microbond 
specimens and the tested fibers, respectively, after 
different surface treatments. 
 

Fiber 
characteristics 

Averaged 
interfacial 

shear 
strength 

(MPa) 

α - scale 
parameter 

(GPa) 

β - shape 
parameter 

(dimensionless) 

Pristine 
UHMWPE 

fibers 
3.7 ± 0.5 3.9 6.3 

1 min plasma 8.9 ± 2.5 3.8 6.4 

23 nm Al2O3 
ALD 

without 
plasma 

8.5 ±2.2 3.9 7.4 

1 min plasma 
& 

7 nm Al2O3 
ALD 

8.7 ± 1.5 - - 

1 min plasma 
& 

23 nm Al2O3 
ALD 

10.9 ± 3.8 3.9 8.1 

 

3.4 AFM studies and nano-indentation 

 
UHMWPE fiber morphology was studied and the 
fibers surface roughness was measured to evaluate 
its contribution to the interfacial adhesion. The AFM 
results presented in Fig. 3 show that the surface 
roughness for the fibers that were coated by 
aluminum oxide ALD is higher (Rq~350 nm) than 
the surface roughness of the pristine fibers (Rq~70 
nm). However, 1 min plasma treatment reduced the 
surface roughness of the fiber to Rq~40 nm. Thus, it 
is believed that the enhancement of the interfacial 
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process and it is calculated by  

A

P
H =    (8) 

  

 
Fig. 4. Typical Nanoindentation force (load) - 
displacement curve. 

 
Fig. 5. Young's modulus of pristine UHMWPE fibers 
(black squares) and 23 nm alumina ALD coating on 
UHMWPE fibers (red triangles) under similar applied 
loads.  
 

Figures 5 and 6 show that both the Young's modulus 
and the hardness of the fibers coated by 23 nm 

alumina ALD layer increased by an order of 
magnitude in comparison to untreated fiber. The 
Young modulus was ~280 MPa after ALD coating, 
compared to 39 MPa for pristine fiber. The obtained 
hardness increased from 4.8 MPa for the pristine 
fiber to ~86 MPa for the 23 nm alumina ALD coated 
fibers. It should be noted the UHMWPE fiber 
modulus is the transverse strength. The increase in 
the coated fiber modulus is an indication that the 
fibers are indeed coated by alumina. It is, however, 
not the modulus of the alumina coating. The AFM 
tip depth penetration depends on the applied load 
and is within the range of 50-150 nm. Since the 
alumina coating thickness is estimated as 23 nm, the 
measured modulus, although increased, is affected 
by the fiber's lower strength. Further measurements 
should be carried out to evaluate the ALD alumina 
coating properties. 

 
Fig. 6. The hardness of pristine UHMWPE fibers (black 
squares) and 23 nm alumina ALD coating on UHMWPE 
fibers (red triangles) under similar applied loads.  

 

Conclusions 

Alumina ALD coating of UHMWPE fibers was 
found to be effective in improving interfacial 
adhesion between UHMWPE fibers and an epoxy 
matrix without undermining the fibers' tensile 
strength. Pretreatment of 1 min in RF plasma was 
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found to be a sufficient exposure time to achieve 
improved interfacial shear adhesion without 
damaging the fiber mechanical properties. This must 
be compared to what is now the more widespread 
approach of 10-15 min plasma treatment, which 
increases the interfacial adhesion, but results in a 
reduction of the fiber tensile strength by about 10%. 
Increasing the thickness of the alumina ALD coating 
from 7 nm to 23 nm increased the interfacial 
adhesion without degrading the fiber mechanical 
properties.  
XPS measurements indicated that the ALD layer has 
a stoichiometry of Al2O3. The ceramic coating 
improves both the fiber Young's modulus and the 
fiber hardness by at least order of magnitude (as is 
indicated by the nanoindentation measurements).  
Further studies will be conducted in order to 
understand the mechanism of alumina deposition on 
the non-polar UHMWPE fiber. The studies will 
concentrate on the nature of the fiber-ALD layer 
bonding, as well as the mechanism of the interfacial 
adhesion improvement.  
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1 General Introduction  

 

Underwater explosion (UNDEX) is an energetic 

event that can yield severe destruction to close-by 

naval structures. Since a great portion of the energy 

released by UNDEX is associated with the resulting 

shock wave in water, the interaction between the 

shock wave and the solid structure, and following 

events, such as the bubble formation and collapse 

etc., are the main reasons for damage caused to the 

structure. Therefore, laboratory experiments and 

numerical simulations are designed and conducted to 

understand the detailed dynamics of such events. 

Here, we study the effect of UNDEX on water-filled 

convergent structures, made of either metal or 

carbon fiber. Shock focusing in water occurring in 

convergent structures can lead to extremely high 

pressures, on the order of GPa. By utilizing 

converging the shock waves to generate dynamic 

loading conditions, material properties will be 

examined under extreme conditions.   

Previous studies on UNDEX interaction with solids 

have mainly focused on direct shock wave impact 

onto monolithic solid plates immersed in water [1], 

and optimized sandwich panels [2], etc. However, 

when structures of more complex geometry, 

especially convergent shapes, are under shock 

loading, shock focusing will likely occur. Given 

such a scenario, the shock strength will increase 

during the focusing phase. Thus, the dynamics of the 

fluid structure interaction will be altered as 

compared with the direct planar impact tests. The 

time of interaction between shock wave and 

surrounding structure is typically longer during 

shock focusing events than for planar impacts. 

In this work, both experiments and numerical 

simulations are designed and carried out for 

convergent carbon fiber structures filled with water. 

To compare the dynamic response of the carbon 

fiber composite samples, isotropic steel samples 

having the same thickness as the carbon fiber 

composites are also investigated. Since the shape of 

the shock front far enough away from an UNDEX 

event can be approximated to be planar, all 

experiments and simulations in this paper starts with 

a planar incident shock wave.  

 

2 Experiments 

Impact experiments were performed using a single-

stage gas gun. A projectile launched from the gas 

gun impacts onto the sample and generates a shock 

wave in the water-filled convergent section. The 

experimental setup is shown in Fig. 2, with a top 

view of the gas gun, the sample placement and the 

Z-folded visualization system. 

The shock wave propagation, the fluid-structure 

interaction and the dynamic response of the 

surrounding structure are studied using high-speed 

photography visualizations and strain gauge 

measurements. 

 

2.1 Experimental Sample 

 

The geometry of the sample is designed to have the 

ability to focus the shock wave to the focal point 

with minimum losses [3-5]. The shape is called a 

logarithmic spiral and is depicted in Figure 1. The 

necessary equations to derive the shape for a 

logarithmic spiral with water as the shock medium 

using the Mie-Grüneisen equation of state is derived 

in reference [7].  

 

The carbon fiber sample is 5.8 mm in thickness, and 

made of four laminates with four layers in each 
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laminate. The layers are stacked using a combination 

of 0
◦
, ±45

◦
, and 90

◦
 ply angles. Steel samples were 

made of type 304 steel with the same thickness as 

the carbon fiber composite sample. 

 

2.2 Experimental Setup 

To generate the shock wave in water, a gas gun is 

utilized. The gun barrel is connected to a pressure 

chamber filled with compressed air. The projectile, 

which is a 57 mm long cylinder with 50 mm 

diameter made out of PTFE-filled Delrin, is 

launched by the pressurized air and impacts onto the 

sample at the exit of the gun barrel. Through a direct 

impact from the projectile, a planar shock wave is 

generated in the test sample. Once the shock wave 

enters the region of interest, a visualization 

technique called schlieren optics [6] is used to unveil 

the change of refraction index, or equivalently the 

density and pressure change, in the water. The test 

sample, Fig. 1, is mounted between two 12 mm thick 

optical quality polycarbonate windows (only one is 

shown in Fig. 1). A polycarbonate piston is plugged 

into the opening of the sample, for the purposes of 

both sealing the water inside the convergent section 

and transmitting the shock wave into the water. All 

the contacts between different parts are carefully 

sealed using silicone glue or epoxy to prevent water 

leakage.  

The two arrows in Fig. 1 represent the location of 

the two strain gauges that are used to obtain strain 

measurements on the convergent structure. The 

location is the same for both the carbon fiber 

composite and the steel sample. Wang and Eliasson 

further describe the experimental system in 

reference [7]. 

 

2.3 Experimental Results 

A series of schlieren images are shown in Fig. 3 and 

Fig. 4. The water-filled region and the piston are 

denoted by (a) and (b) in the first frame of Fig. 3. 

This frame is taken before the test as a reference 

picture. The rest of the frames are taken 6.9 

microseconds apart. The shock wave location is 

marked with a white arrow in the subsequent images.  

As can be seen from the images, the shock wave is 

planar and this indicates a planar impact. 

The second white arrows in the fifth and sixth 

frames in Fig. 3 point at locations where cavitation 

occurs. 

The formation of the cavitation bubbles is due to the 

propagation of the stress waves in the carbon fibers 
to the tip region [8]. The stress waves in the fibers 

travel with a speed three times faster than the shock 

wave in the water region. Analysis of the motion of 

the water-solid interface shows an initial contraction 

followed by an expansion. The expansion causes a 

lower pressure at the region of convergence and the 

region of lower pressure is transmitted backward 

towards the undisturbed region ahead of the shock 

wave in the water, by comparing frames five, six and 

seven in Fig. 3.  

 

A photo taken of the side of the composite fiber 

structure after the experiment has been performed is 

shown in Fig. 5. The arrow points at a region with 

visible damage due to delamination, and it is very 

close to the focal region where the extremely high 

pressures occur. 

 

A series of schlieren images obtained from the steel 

sample are shown in Fig. 6. The time interval 

between the frames is 6.3 microseconds. As can be 

seen, the wave propagation pattern obtained in this 

series is qualitatively different from the wave pattern 

observed for the carbon fiber composite sample (Fig. 

4). The precursor waves, which travel ahead of the 

main shock in water, are presented along both upper 

and lower surfaces of the sample. Such feature is 

formed by the fast-going shear wave inside the steel 

sample. Whereas the shear wave speed of the 

composite sample is lower than the shock wave 

speed in water, thus this type of precursor wave is 

absent in Fig. 3 and 4.  

 

3 Numerical Simulations 

 

Due to the highly non-linear, transient and coupled 

nature of the experiments, explicit finite element 

analysis is chosen to simulate the shock focusing 

event and the dynamic response of the surrounding 

structure. The numerical simulations for the current 

setup are performed with a commercial code 

(Abaqus/Explicit v6.12) using a Coupled Eulerian 

Lagrangian (CEL) approach [9]. All the major 

experimental components, including the projectile, 
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SHOCK FOCUSING IN WATER IN A CONVERGENT CARBON FIBER 

COMPOSITE STRUCTURE 

the piston and the test sample, are modeled with 

properly assigned solid material properties under 

Lagrangian formulation. The water domain is 

meshed using Eulerian grids, and the material 

property of water is modeled with the Mie-

Grüneisen equation of state.  

The peak pressure behind a spherical shock wave is 

decreasing with time and distance away from the 

source. Thus, the shock front will experience a 

deceleration, and the Mach number of the shock 

wave will decay as it expands from the source of the 

explosion. In this work, we are considering 

structures close to where UNDEX happens, we 

chose an initial Mach number of M = 1.1 for all the 

simulations. This Mach number represents a shock 

wave 3 meters away from a 135-kilogram 

Trinitrotoluene (TNT) charge. 

There is no interlaminar modeling in the current 

simulations, so any results where delamination is 

likely to occur have to be inferred from deformation 

and strain measurements, but cannot be observed 

directly.  

 

3.1 Numerical Simulation Results 

Results from the numerical simulations show that 

the composite sample undergoes deformation and 

delamination close to the focal region. Two plots at 

a time instance 98.2 microseconds after the 

projectile impact are shown in Fig. 7 and Fig. 8. In 

Fig. 7, the original undeformed structure is shown in 

grey color and the deformed shape is demonstrated 

in green color using a magnified deformation scale 

of eight times. A clear stretching of the inner surface 

and shrinkage of the outer surface close to the tip 

region of the composite structure can be observed. 

Such deformation suggests an internal stress 

accumulation. By plotting the normal strain 

component in the horizontal direction, Fig. 8, this 

behavior can be confirmed. Negative values of the 

strain shown on the plot indicate a tensile stress, 

which can initiate interlaminar cracks causing 

delaminations [10]. 

The coupling between the fluid and the structure is 

important since it may influence the dynamic 

response of the surrounding structure to a high 

degree. The main factor that determines the fluid-

structure interaction is the impedance, speed of 

sound times density, of the water and the 

surrounding material. For larger values of 

impedance mismatch, the lower the fluid-structure 

coupling is expected to be. 

The pressure field displayed for the water-filled 

region is plotted using the same scale in both Fig. 9 

and Fig. 10 at a time instant 46.4 microseconds after 

the projectile impacts onto the specimen. As can be 

seen in Fig. 9, there is a distinct pressure wave 

pattern showing up in the case of a steel structure. 

This is also directly comparable with the 

experimental visualization in Fig. 6. However, when 

comparing the pressure field in the water for the 

composite sample, no precursor waves are visible in 

the simulations, see Fig. 10. 

 

4 Comparison between experiments and 

simulations 

One of the main goals of this investigation is to 

compare the experimental results with the results 

from the numerical simulations. The strain signals 

measured in both carbon fiber composite sample and 

steel structure experiments are plotted against the 

strain obtained in the numerical simulations in Fig. 

11 and 12.  

Figure 11 shows the comparison of results obtained 

for the carbon fiber composite sample. Time is taken 

to be zero when the projectile impact happens. In the 

experiment, the initial rise indicated in the strain 

measurement at the second gauge is right after the 

shock enters water. This straining, that occurs before 

the shock in water has reach the strain gauge 

location, serves as an indication of the cavitation 

bubble formation observed in the schlieren images 

obtained in the high-speed visualizations. 

The strain results from the experiment and 

simulation show the same trend qualitatively, 

although the magnitude of the strain signal obtained 

in the experimental results are in general more 

dampened. This is most likely due to the fact that in 

the simulations, the sample has no contact constrains 

where in the experiment the samples are always in 

contact with the windows and the piston through 

silicone glue or epoxy, which are applied to prevent 

water from leaking out. The damping effect of the 

glue applied at the adjoining interfaces can be 
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further modeled through varying the magnitude of 

the stiffness-damping coefficient.  

The correlation of the strain measurements from 

experiments and simulations can be further 

estimated by calculating the Russell error [11], see 

Table 1. The strain measurement comparison at 

gauge 1 indicates acceptable correlation between 

experiments and simulations (RC < 0.28) for both 

types of materials. However at gauge 2, severe 

deviation has been shown through Russell error. At 

this strain gauge location, the shock wave has had 

time to focus, and effects from glue present in the 

experiments most likely influence the results. 

Further investigations are necessary to fully 

understand the differences observed. 

In the experiments, the strain measurements from 

the steel sample indicate minimum strain amplitude 

of about -1.7 x 10
-3

, while that for the composite 

sample is around -2.4 x 10
-3

. Despite the difference 

in the amplitude, it takes about 80 microseconds 

after the projectile impact to reach the minimum 

strain for both cases. This strongly suggests that the 

critical time scale remains very similar for different 

types of materials for the dynamical events 

following a shock wave impact given that the 

incident shock strength is the same. 

 

5 Discussion and Conclusions 

The overall qualitative behavior of the experiments 

is well captured by the numerical simulations, even 

though the quantitative behavior is not captured as 

well at this stage.  

In conclusion, formation of cavitation bubble clouds 

has been observed in experiments using a 

convergent carbon fiber structure. The cavitation 

bubble formation is due to the fast longitudinal wave 

traveling inside carbon fibers, which is higher than 

the shock speed in the water-filled region. The 

mechanism of the delamination around the focal 

region close to the sample tip is revealed through 

numerical simulations where the deformation and 

strain amplitudes can be readily monitored 

throughout the shock-focusing phase.  

 

Therefore, we conclude that this work has 

successfully been able to show the potential to use 

simulations in Abaqus/Explicit combined with the 

coupled Eulerian-Lagrangian formulation to 

realistically simulate shock-focusing events inside 

convergent steel or composite structures.  

 

For future work, carbon fiber face sheets will be 

used to create a three-part sandwich structure with a 

foam core in the middle. This new structure will be 

investigated using the shock focusing techniques 

outlined in this work.  
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Fig. 2 Experimental setup; (1) gas gun, (2) 1.8m long, 

50mm diameter gun barrel, (3) velocity sensors, (4) light 

source, (5) spherical mirror, (6) flat mirror, (7) flat mirror, 

(8) schlieren edge, (9) lenses, (10) high-speed camera, 

and (11) experimental specimen. The light beam is shown 

to illustrate the optical path of the Z-folded schlieren 

system. 

 

 

 

 

 

 

 
 

Fig. 3 A series of schlieren images showing the shock 

wave propagation and the fluid-structure interaction for a 

fiber composite sample.  

Fig. 1 Experimental sample: (a) transparent polycarbonate 

window (b) convergent water-filled sample, and (c) piston 

to block water from leaking. The arrows indicate the 

location of the two strain gauges. 

Gauge 1 

Gauge 2 
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Fig. 4  Continuation of the schlieren series shown from 

Fig. 3. The white arrow denotes the location of the shock 

wave. 

 

 

 

Fig. 5  Photo taken of the experimental sample after 

experiment showing signs of delamination at the focal 

region. 

 

 

 

 
 

 
 

 
 

 
 

 
 

 

Fig. 6 A series of schlieren images showing the shock 

wave propagation and the fluid-structure interaction for a 

steel sample.  
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Fig. 7 Results from the numerical simulations showing 

deformation in the composite sample. The original 

undeformed structure is shown in grey color and the 

deformed shape is shown in green color with a 

deformation scaling 8 times larger than the original case. 

 

 

 

Fig. 8 Results from the numerical simulations showing 

strain levels in the composite sample. (The contour is 

showing variation in E11.) 

 

Fig. 9 Results from the numerical simulations showing 

wave pattern with visible precursor waves in the water-

filled region for the steel sample. The grey region is due 

to the high pressure beyond upper plotting limit. 

 

Fig. 10 Results from the numerical simulations showing 

wave pattern with no visible precursor waves in the 

water-filled region for the composite sample. The grey 

region is due to the high pressure beyond upper plotting 

limit. 

 

Fig. 11 Comparison of strain signal from gauge one 

and two for the experimental and numerical results 

for the carbon fiber composite sample. Dotted lines 

show simulation results. 

 

Fig. 12 Comparison of strain signal from gauge one and 

two for the experimental and numerical results for the 

steel sample. Dotted lines show simulation results. 
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 Magnitude 

error 

Phase 

error 

Comprehensive 

error 

Gauge1 

(steel) 

0.15 0.13 0.18 

Gauge2 

(steel) 

0.01 0.72 0.64 

Gauge1 

(CFC) 

0.18 0.11 0.19 

Gauge2 

(CFC) 

0.43 0.49 0.58 

Table 1 Russell error. 
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Abstract

We present an approach to control the local stiffness
of a composite polymer material by using sensing, ac-
tuation, computation and communication embedded
in a periodic fashion. We call this class of materi-
als “Robotic Materials”. Initial stiffness is achieved
by a polycaprolactone (PCL) grid. Each PCL bar is
equipped with a dedicated heating element, thermistor
and networked microcontroller that can drive the bar
to a desired temperature/stiffness. We present experi-
mental results using a 4x1 grid that can assume differ-
ent global conformations under the influence of grav-
ity by simply changing the local stiffness in individual
parts. We also show how the conformation changes
as a function of the temporal order of stiffness tran-
sitions while keeping the external force constant. We
also explore the potential of such a material to change
its configuration upon application of arbitrary forces
from built-in actuators using Finite Element Simula-
tion.

1 Introduction

We wish to investigate the computational and sys-
tems level challenges of a new class of composite ma-
terials that tightly embed sensing, computation, and
actuation. We achieve this by embedding conven-
tional smart materials with traditional electronic com-
ponents; thereby augmenting the smart material with
sensing, computation, and actuation abilities in a ho-
mogeneous, periodic, and amorphous manner. We call
this class of materials ”Robotic Materials” (RM).
Traditionally, conventional smart materials are lim-

ited to a specific type of external stimulus such as heat,
electric current ormagnetic fields which induces a rad-
ical change in their physical properties such as form,
size, stiffness or color among others. While these ca-
pabilities have enabled a large number of novel de-

Fig. 1: Applications for a programmable stiffness
Robotic Material range from furniture whose function
can be changed by its users to shape-changing boats,
cars and airplanes.

vices, design of polymers with specific capabilities is
a hard problem and highly dependent on the specific
application, environment and overall system design.
A possible approach to increase the functionality of
a polymer material is to pair it with appropriate actu-
ators, sensors, and computation. This will allow us
to couple material properties to arbitrary stimuli via
programmable logic. Using communication between
devices allows us to implement any desired spatio-
temporal dynamics supported by the material’s prop-
erties by literally programming the embedded compu-
tational devices.
In this paper, we present a RM with the ability to

actively change its stiffness in a localizable fashion.
By this, we mean that the material can assume differ-
ent stiffnesses in arbitrary locations to change its re-
sistance to deformation at different locations in a pro-
grammable manner, under distributed computational
control. Applications for such materials range from
versatile orthopedic casts to the aerodynamic surfaces
of cars, boats, and airplanes, that can change their
shape while in motion. Figure 1 contains examples of
both actuated and static structures which we believe
could be implemented with such a material.
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Although integration of sensing and actuation into
smart structures for the purpose of structural health
monitoring, shape-change and vibration control have
been proposed in the past (Section 1.1), these ap-
proaches increase the functionality of existing ma-
terials by inserting sensing, computation and actua-
tion only at strategic locations, which require expert
knowledge about the application.
The RMs proposed in this paper are true compos-

ite materials. Amorphous and periodic, their function
is independent of the size or shape and the end user
is able to determine their final functionality based on
thematerial’s embedded properties, which the user can
program.
While this paper relies on off-the-shelf electronics,

advances in electronics miniaturization and manufac-
turing techniques will ultimately lead to smart mate-
rials with a high material resolution for actuation and
sensing capabilities.

1.1 Related Work

Robotic Materials result from a fusion of Materials
Science with Computer Science. In particular, the RM
presented in this work has its roots in the amorphous
computing paradigm [1], which has been originally
motivated by the material science community [2]. So
far, including sensors and computation into materi-
als at high density has found considerable interest for
structural health monitoring [3, 4]. High bandwidth
sensing and large data requirements has motivated lo-
cal computation early on [5], and has been demon-
strated within a (wireless) network in bridge [6] or
airplane wing [7, 8] monitoring applications, among
others. There is also an understanding that such smart
materials pose considerable systems and networking
challenges [9], and [10] considers communication and
power distribution via optical fibers.
Variable stiffness materials have received attention

for both vibration control and as the basis for mor-
phable airplane wings, see [11–14] for extensive re-
views of the field. Designing materials that exhibit
variable stiffness based on exclusively passive effects
is a hard problem [15], and being able to arbitrarily
change stiffness is desirable. For example [16, 17]
construct a variable stiffness material by exploiting
the temperature-dependent variable shear modulus of
polymers sandwiched between metal bars. The dy-
namical material properties as a function of temper-
ature of the underlying polymer material used in [16,

17] and in this prototype RM have been well studied
in [18, 19]. This paper integrates a similar approach
as shown in [17] into a networked system at minia-
ture scale, which motivates additional challenges in
distributed computation and networking, which we
would like to study in the future.
How to actuate shape-changing materials is a re-

current challenge and shape memory polymers (SMP)
and embedded pneumatic channels offer promising di-
rections [20, 21].

2 Materials and Methods

Wechoose polycaprolactone (PCL) as the primaryma-
terial component providing the stiffness in this appli-
cation. PCL’s low melting point near 60 ◦C, along
with is widely variable stiffeness profile preceding
melting provides the variable stiffness of the presented
computational smart material. The material properties
for PCL described in [22] show that, when heated, the
material can deform under loads that are a few orders
of magnitude smaller than those required at room tem-
perature.

2.1 Polymer Actuator and Sensor

The core functionality of the prototype variable stiff-
ness composite polymer is provided by PCL bars
with embedded sensing and actuation. We manufac-
ture PCL bars by heating the PCL and molding it in
a laser-cut, acrylic multi-part mold, we then embed
the thermistors and Nichrome wire. Figure 2 shows
an overview of the process used to manufacture this
atomic component of the composite material.
After melting an appropriate amount of PCL (Poly-

morph, TOL-10951, Sparkfun Electronics) in a hot
water bath (Figure 2a), the molten PCL is pressed into
a mold to form solid bars (Figure 2b). The bars have a
rectangular cross section of 1.25 cm×0.5 cm and are
made in 30.5 cm lengths, resulting in four bars at a
time (15.25 cm per bar).
Once the solid PCL bars have been removed from

the mold, they are measured and marked for the in-
stallation of the Nichrome wire. Nichrome wire (36
gauge, NW36100, Jacobs Online) is then wrapped
around the PCL bar at 3 revolutions per centimeter
over a 2.5 cm length. This led to an overall resistance
of eachwire of approximately 28Ω and a resulting cur-
rent of approximately 430mA at 12 V. The thermistors
(NTSD1WF104FPB40, Murata Electronics, Digikey)
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(a) PCL pellets are melted in a hot water bath.

(b) The molten PCL is pressed into a mold to make 12.5×
5.0mm bars. Bars are cut into 152.4mm lengths when
removed from the mold.

(c) Each bar is marked and wrapped with Nichrome wire
at 1 revolution per 3.2mm. A thermistor is embedded into
the center of the Nichrome wire wrap.

Fig. 2: Process formanufacturing atomic polymer sen-
sor/actuator composites of the variable stiffness mate-
rial.

are embedded in the center of this wrap (Figure 2c).
Each actuator segment is encased into approxi-

mately 4 mm thick silicone rubber (Ecoflex 00-30,
Smooth-On) (Figure 3). We do this to contain any ac-
tuator segment that is heated to melting. The molten
PCL stays inside the silicon rubber cavity and roughly
retains the rectangular cross section of the undeformed
solid bar.

2.2 Manufacturing of the 4x1 Variable Stiff-
ness Composite Material

The polymer sensor/actuator segments can now be as-
sembled into arbitrary tessellations. In this paper, we

chose a simple grid in which only longitudinal ele-
ments are active, whereas latitudinal elements are pas-
sive PCL elements of the same size as the active ones
(Figure 3). The different segments can now be welded
together using a heat gun. Finally, we attach the whole
assembly to the silicone foam sheet (McMaster-Carr,
87485K71). Non-actuated PCL segments are not en-
cased in silicone rubber since they are not heated.
Enclosing the composite material into a silicone

foam sheet not only protects the internal components,
but also provides additional stiffness to the material
when molten, limiting both the maximal stretch and
bend radius that the material will support without use
of excessive force.

2.3 Computational Hardware

The board utilizes an ATxmega128A3U microcon-
troller unit (MCU). The ATxmega128A3U can be run
at up to 32 MHz and is equipped with 128 Kbytes of
flash memory. This computational power allows for
non-trivial computation and signal processing and ex-
ceeds the computational requirements of the function-
ality presented in this paper. We selected this chip,
however, as it is equipped with seven hardware serial
ports (USARTs), which allow asynchronous commu-
nication at 115 kbps with up to seven other MCUs.
This feature allows us to use this platform also in
three-dimensional composite materials in which each
computational elementmight have up to six neighbors.
In this paper, each board has the capability of com-
municating with up to four neighbors via a two-wire
serial port, and thereby with every board in the sys-
tem via hop-to-hop communication [23]. Each board
also provides connections to share common power and
ground. An overview of the custom board is shown in
Figure 4.
Each board is equipped with a combined red, green,

blue (RGB) light emitting diode (LED) to communi-
cate different status messages. When the boards are
not sending debugging information to a computer via
the serial output, the LED flashes sequences alerting
an observer which wire is active and whether or not
the set temperature has been reached.
Each board is also equipped with a Hall effect sen-

sor (Allegro Microsystems, A1393SEHLT, Digikey)
as a means to detect magnetic fields as an example ex-
ternal stimuli. In this paper, the Hall effect sensor is
used to turn on and off the different nichrome heating
elements via an external magnet.
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Fig. 3: Individual bars are welded together with an air gun then coated with silicon. This ensures that sections of
PCL that are heated to melting are contained.

The 12 V power supply is supplied to each board
using a simple power bus. A dual N-channel MOS-
FET (Vishay Siliconic, Si7904BDN, e.g.) is used to
turn the heating elements on and off.
It is worth noting that the integration presented here

is far from the technical limits that are achievable
with off-the-shelf electronic components and estab-
lished manufacturing techniques. A version of the
Atmel Xmega (128A3) is available as 5x5mm2 ball-
grid array package, whereas dual MOSFETs such as
the Si7904BDN that can switch loads up to 17.8W are
available in 3.3x3.3mm2 packagings. These dimen-
sions make board sizes smaller than 1cm2 on flexible
circuit board realistic, but are not needed for the ex-
periments presented in this paper.

2.4 Temperature Control Logic

The temperature controller was prototyped using an
Arduino Mega ADK that can drive up to eight N-
channel MOSFETs (Vishay Siliconix, IRF510PBF,
Digikey) and thermistors (Murata). The thermistors
are monitored using a voltage divider and the analog
in pins of the microcontroller. Current through the
Nichrome wires is controlled by the MOSFETs that
are connected to digital out pins. As the architecture
of the Atmel Mega and Xmega series are very similar,
transfering controllers from the Arduino to the embed-
ded control board is straightforward.
The temperature controller is programmed to hold

the temperature of the Nichrome wrapped PCL bar at
a designated set point with +/-0.5 ◦C hysteresis.
We have found for this prototype that a simple on-

off controller is sufficient to reach and hold a desired

Fig. 4: An overview of the control board. Each board
has the ability to monitor and control the tempera-
ture of two PCL bars and communicate with up to
four neighbors. In addition, each board has an LED
for communicating status messages and a hall effect
sensor which is representative of an arbitrary external
stimulus sensor.

set temperature as fast as possible, without the need
to develop a rate dependant PID controller. Currently
In future work we expect to develop a more advanced
temperature control mechanism.
The time to reach 50◦C was recorded for eight dif-

ferent segments and average and standard deviation
are shown in Figure 5. Differences between different
bars can be explained by slight differences in manu-
facturing, in particular the length and geometry of the
heating wire. At this temperature, the PCL bars are
completely melted. As shown, all bars reach this set
temperature between 3 and 4 minutes when starting
at room temperature. The temperature curves do not
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Fig. 5: Average step-response for heating a polymer
sensor/actuator element to 50 ◦ when starting at room
temperature and cool-off.

show much overshoot and all of the temperatures set-
tle to within ±0.5◦ of the set temperature within 30
seconds of reaching it.

2.5 Arbitrary Stimuli for Smart Materials

In order to demonstrate the RM’s capability to react to
arbitrary stimuli, we have implemented code that al-
lows switching the heating element on and off by acti-
vating theHall effect sensor. The first pass of amagnet
turns the first wire on, the second pass turns wire two
on, the third pass turns both wires on, and the fourth
pass turns both wires off. With each pass, the RGB
LED flashes blue as an indication that the pass has
been registered. This simple user interface not only al-
lows for easy experimentation, but also demonstrates
the ability of RMs to tie arbitrary sensors to actuation
via programmable logic.

3 Experiment

We wish to show that the proposed variable stiffness
composite polymer material can implement arbitrary
spatio/temporal stiffness patterns. In the absence of
mechanical actuation, we demonstrate conformation
changes of the material under the influence of grav-
ity. We constructed a test-rig that allows us to mount
the composite polymer in the classical cantilever beam
setup, where one end of the beam is fixed to the wall
and the other end canmove freely. This setup is shown
in Figure 6a.

3.1 Experimental Results

In a first series of experiments, we demonstrate the
ability of the RM to assume spatio-temporally vary-
ing temperature profiles. We heat each element to 50
◦C, which causes rapid deformation of the beam due to
gravity. Once each element has reached a stable con-
firmation, we allowed it to cool and heated the next
element as shown in Figures 6b through 6e. It is worth
noting that each of the images were taken with the ma-
terial in a stable configuration in which all elements
have been cooled down and are therefore completely
stiff. The last figure in this series shows the results
when activating all of the elements, which lets the en-
tire beam follow gravity and stretch out. After manu-
ally restoring the initial configuration and cooling, the
experiment can be repeated.
The second series of experiments is designed

specifically for the calibration of our finite element
model. In each test we heat both segments of a given
cell to 50◦C and record the vertical (Z-axis) and hor-
izontal (X-axis) displacements. We also measure the
angle that results from the 4x1 beam’s hinge-like de-
formation. Table 1 shows the results collected from
our experiments and the values that we are able to ob-
tain from our correlated model and Figure 7 shows
each of these measurements.

Fig. 7: The experimental measurements taken in order
to correlate our FEM for simulation purposes.

Table 1: Correlation of experimental and simulation
results for the 4x1 test beam. The values are defined
in Figure 7.

Test Case ∆Z ∆X α
(mm) (mm) (degrees)

Cell 1 -23.5 -24.3 69◦
Cell 2 -15.9 -12.8 57◦
Cell 3 -7.4 -3.9 32◦
Cell 4 -3.9 0.0 3◦
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(a) Initial configuration: the 4x1 test beam with all of the
cells inactive, i.e. all of the PCL bars are at room temper-
ature.

(b) Initially the 4th cell is activated to 50 ◦C and the others
are left at room temperature.

(c) The 4th cell is allowed to cool and the 3rd cell is acti-
vated to 50 ◦C.

(d) Next the 3rd cell is allowed to cool and the 2nd cell is
activated to 50 ◦C.

(e) Lastly, the 2nd cell is allowed to cool and the 1st cell
is activated to 50 ◦C. This geometry is only possible to
achieve with distributed local control schemes.

(f) Compare with all of the elements activated, demon-
strating the conformation that arises with global simulta-
neous activation of all elements.

Fig. 6: This sequence of images shows the 4x1 test beam curling up and stretching out under gravity load and
spatio-temporal variation of its stiffness profile.ICCM19 6115
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4 Simulation

We are also interested how a variable stiffness com-
posite material could behave using forces other than
gravity. For this we use a finite element model that
has been correlated to our experimental results.

4.1 Finite Element Model

In order to study more complex geometries and
loading configurations, we implement a model of
the variable stiffness composite polymer material in
NX.Nastran. The PCL bars in the 4x1 test beam
are modeled with CHEXA(8) elements while non-
structural mass is used to account for the silicon rub-
ber encasements as well as the silicon foam sheet. The
boundary conditions of the test beam are modeled at
the base of the structure by fixing all of the degrees
of freedom. An overview of the finite element model
used is shown in Figure 9.
We use the material properties for PCL found in

[22], that is a Young’s modulus of 190MPa and amax-
imum tensile strength of 14.2 MPa. Initial estimates
for the stiffness of the PCL at different temperatures
are made using [22]; we then correlate these values to
our experimental results using four different test cases,
namely, fully activating both segments of each cell.
Because of the large displacements observed in exper-
imentation, we useNX.Nastran’s solution 106 for non-
linear static analysis.

4.2 Identification of System Properties

In order to explore other properties of the pro-
posed variable stiffness RM, we first calibrated our
NX.Nastran model to match our experimental results.
Figure 8 shows the test cases we used in NX.Nastran
to evaluate correspondence with our physical setup.
For this paper, we have simply manually tuned the

Young’s modulus in the simulator until we found suf-
ficient quantitative agreement with the experimental
data. The resulting material properties that we used
for PCL in our FEA are shown in Table 2.

Table 2: A summary of the PCL material properties
used in our FEA of the 4x1 test beam.

T = 20◦C T = 50◦C

density ( kg
m3 ) 5531.7 5531.7

E (MPa) 190.0 2.2
ν 0.33 0.33

4.3 Simulation Results

We are interested in evaluating the possible confor-
mations a variable stiffness RM could assume when
using both arbitrary forces and varying stiffnesses un-
der uniformly applied forces. We explore this using
our calibratedNX.Nastran FEM. Figure 10a shows the
NX.Nastran model with a force that is slightly offset
from the RM’s centerline.
Figure 10a shows a simulation in which both seg-

ments in cell 3 are heated. Results demonstrate the
expected hinge-like bending that was seen in the ex-
perimental test under the force of gravity.
In Figure 10c we show a simulation in which cells

2, 3, and 4 are set to 75 %, 50 % and 25 % of the room
temperature stiffness, respectively. The segments in
cell 1 are left inactive. This result suggests that a vari-
able stiffness gradient approach is suitable to assume
specific bending radii. Evaluating the temperatures
that correspond to these stiffnesses in our prototype
variable stiffness RM is a part of our future work.
Note that for these simulations we are only inter-

ested in the deformations and do not model the restora-
tive forces that would be needed to transition between
the possible curvatures.

5 Discussion

We have demonstrated a variable stiffness robotic ma-
terial that can achieve a large number of possible con-
formations under constant force simply by changing
the stiffness of individual elements and the order in
which these stiffness changes are made. This is a high-
dimensional planning problem — our 4x1 beam can
be heated in 24 = 16 different ways, not including
intermediate temperatures. Finding optimal policies
that achieve a desired profile by switching the order of
stiffness change operations, is a challenging research
problem for larger systems and is part of our future
work.
In this paper, whereas mechanical actuation is lim-

ited to passive effects due to gravity, although it is
thinkable to introduce other forms of actuation such as
pneumatics [21], hydraulics, or shape memory poly-
mers (SMP) to create arbitrary forces within the mate-
rial such as we have explored in simulation.
Although the variability of stiffness in PCL is suf-

ficiently large to enable applications such as shown in
Figure 1, its rate of change on the order of minutes
may be limiting for dynamic applications where rapid
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(a) The 4x1 test beam with both segments in cell 1 acti-
vated.

(b) The 4x1 test beam with both segments in cell 2 acti-
vated.

(c) The 4x1 test beam with both segments in cell 3 acti-
vated.

(d) The 4x1 test beam with both segments in cell 4 acti-
vated.

Fig. 8: The test cases used to correlate our model with the experimental results.

Fig. 9: An overview of our Nastran model. The ma-
terial properties of the activated segments in each cell
are configured to correspond to the set temperature of
each segment.

stiffness changes are required. While this could be im-
proved by choosing nichrome wires with lower resis-
tance, resulting in higher power output, future man-
ufacturing technologies might enable integration of
heatingwire at much higher densities, thereby improv-
ing the distribution of heat within the material. Sim-
ilarly, alternate polymers may support much steeper
temperature/stiffness curves, thereby allowing the ma-

terial to reach a desired stiffness point with a much
smaller temperature variation. Finally, active cooling
mechanisms could be explored for rapidly stiffening
the material into new conformations.
In our prototype, we have only demonstrated acti-

vation of individual cells. Any system that requires
multiple cells to keep an exact temperature simula-
taneously, such as the one simulated in Figure 10c,
requires the coordinated action of multiple elements.
This is because each element heats up slightly differ-
ently, therefore communication between the elements
is necessary to share progress on heating and adapt
current locally in order to reach a desired melting tem-
perature at exactly the same time.
For both stiffness change and actuation, power dis-

tribution in the material poses a major challenge. Fu-
ture robotic materials will therefore require intelligent
power management systems that will manage where
power is consumed in the system and how this power
is routed in order to ensure that the maximum carrying
capacity of conduits is not exceeded.
Simulation results are based on data for homoge-

neous PCL and in this study do not capture the sub-
tleties of heat wire geometry, wiring and thermistor
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(a) FEM showing the applied force.
Note that gravity is not applied and that
the offset compressive force is the only
load applied.

(b) All segments in cell 3 fully acti-
vated, replicating the hinge-like defor-
mation seen in our experiment under the
force of gravity.

(c) The segments in cell 1 are inactive,
segments in cell 2 are heated to 75 %
stiffness, segments in cell 3 to 50 %, and
the segments in cell 4 to 25 %.

Fig. 10: Possible deformations applying an offset compressive force on the end of the beam.

placement. While this approach is sufficient to obtain
approximate agreement with our experimental result,
in the future we wish to quantify the actual material
properties of the resulting composite experimentally
in order to better understand the impact of embedding
sensing and actuation.
In addition to materials that can change their cur-

vature, results in [24] show that periodic materials
with geometries that allow for drastic shape changes
with positive or negative Poisson ratios could make
particularly interesting targets for selective stiffness
changes using local sensing, actuation and computa-
tion. Instead of simply uniformly folding or expand-
ing as in [24], such materials could be compressed
and expanded into a large number of possible irregu-
lar shapes using techniques developed in the proposed
work.

6 Conclusion

We have presented a prototype robotic material that
can selectively and locally change its stiffness profile.
Distributed computation allows parts of the material
to be independent of each other, making it scalable
and robust to failures. Applications for such a mate-
rial range from orthopedic casts, to conformable fur-
niture and dynamic airfoils or hydrofoils. While this
paper focuses on a PCL based material, the distributed
sensing, control and the computational methods and
tools used in this work can be combined with arbi-
trary sensors, including microphones, magnetometers,
pressure or light sensors, e.g., arbitrary smartmaterials
including shape memory alloy, electrorheological flu-
ids or electroactive polymers, e.g., and complex algo-
rithms that take full advantage of the embedded com-
puter’s memory and neighbor-to-neighbor communi-
cation.
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A weak point of composite structures 
remains fastening joints owing to the traditional 
perforation technology for rivets or bolts. Nature 
suggests an alternative making of joints without 
cutting fibers and using curvilinear reinforcement 
structure in places of junction such as, for example, 
“branch-trunk” or “trunk-root”. 

The paper describes modeling of wood 
structure, namely fiber distribution in a “branch-
trunk” junction. The area around the knot is 
simulated by the orthotropic plate with a hole under 
tensile stress. In this research a hypothesis is used 
that the fibers are located along the force-flow lines, 
that is, along the trajectories of maximum principal 
stress [1]. Trajectories of the force flow created on 
the ground of this hypothesis show a qualitative 
similarity with the inside knot structure (Fig.1).  

On the basis of created trajectories the 
structure is simulated by means of finite element 
method. Each element of this structure is allocated 
its own mechanical properties depending on the 
distribution of the fibers. The fiber direction is 
modeled by means of assigning its own local 
coordinate system for each element. The local 
coordinate system is directed along maximum 
principal stresses that corresponds to the direction of 
the axis of greatest stiffness. A change of the volume 
fraction of fibers depends on the obtained 
distribution of fibers. The elastic material constants 
change according to the fiber-volume fraction. Thus, 
the created discrete model takes into account the 
change of direction and the volume fraction of 
fibers. The similar models were described in papers 
[1,2], but the latter did not consider a variation of 
fiber-volume fraction. 

The stress state in the new structure changes 
after each element is assigned local material 
properties depending on the distribution of fibers. 
The new structure has other trajectories of fibers 
conforming to the new stress state. A solution of this 
problem has iterative character and this process will 
end, when the field of stresses from iteration to 

iteration is not practically changed. Using of the 
mentioned above hypothesis implies the fact that 
shear stresses in the structure are minimized along 
fibers. It is described in the paper that in the created 
structure not only shear stresses decline, but stresses 
along fibers in the concentration stress zone are also 
reduced. This in turn leads to the increase of load-
carrying capability. According to the maximum 
stress failure criterion the strength is defined taking 
into account fiber-volume fraction. It appears that in 
the created structure with curvilinear trajectories of 
fibers there is only a slight increase in the value of 
failure criterion (≈ 20%), while in the structure with 
rectilinear trajectories of fibers the value of failure 
criterion increase by 5-7 times. 

Thus, it is obvious that a decrease of stress 
concentration and growth of strength can be 
achieved by special distribution of fiber structure 
consistent with the field of stresses. Studying and 
understanding of biomechanical principles helps find 
new approaches to creating optimal composite 
structures. The methods developed on the basis of 
biomechanical principles make it possible to design 
composite structures and places of junction more 
efficiently. 

 

 
Fig.1. The distribution of fibers around a knot. 
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1 Introduction  

Resin injection such as resin transfer molding 

(RTM) is commonly applied in industry for serial 

production of composite components. RTM process 

simulation enables prediction of process parameters 

that are essential for component and tool design. As 

for all simulations where material behavior is mod-

eled, validated material properties are indispensable 

for realistic simulations. Currently, material proper-

ties have to be determined experimentally which is 

costly and time consuming. Furthermore, standard-

ized methods for permeability testing are not yet 

available. 

 

2 Overview 

This paper presents an approach to predict permea-

bility for carbon fiber fabrics based on textile mod-

els and using simulation techniques. The core idea 

dates back to Frishfelds et al. [1] in 2007. The most 

important benefit is the speed-up compared to exper-

imental testing. With fast material characterization, 

process simulation can be employed in the early de-

sign phase of a component. An optimal trade-off 

between component quality and producibility can be 

achieved without extensive prototyping and testing. 

The way forward is as follows: Information that is 

inherent in digital images of scanned fabrics is ex-

tracted using image analysis. The results are taken as 

input data for textile modeling in WiseTex. Then, 

FlowTex is employed to determine permeability. For 

both steps an open data exchange and scripting inter-

face is employed [2]. A self-developed Matlab
®
 rou-

tine performs the image analysis, interacts with the 

abovementioned tools and finally writes a material 

card for direct use in RTM simulation. The core idea 

of the method has already been published [3]. In the 

paper at hand crucial questions arising from the pro-

posed method are investigated in-depth. Here, the 

influence of number of layers and areal weight on 

in-plane permeability is investigated. This is neces-
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sary since a prerequisite for the method is the optical 

inspection of a single layer of a fabric, but the meth-

od should be applicable for multi-layer and multi-

orientation lay-ups as well. Another important step 

is the investigation of the robustness and effective-

ness of the developed image analysis algorithms. An 

illustration of the method is given in Fig.1. 

The major advantages of the method are the huge 

amount of time that can be saved compared to exper-

imental permeability testing and the robustness of 

the test method. 

 

3 Results 

3.1 Study on the influence of number of layers 

and areal weight on in-plane permeability 

The starting points for image analysis are front- and 

back-side scans of biaxial non-crimped fabrics. To 

ensure the applicability of the method for multi-layer 

and multi-orientation preforms an experimental 

study is conducted. Two non-crimped fabrics (Saer-

tex, bi-diagonal, +45/-45) with a nominal areal 

weight of 274 g/m
2
 and 540 g/m

2
 are tested and a 

range of preform thickness from 1 mm to 4.8 mm 

has been covered. (In the following the fabrics are 

denoted as SAE 274 and SAE 540). The fabrics have 

been chosen with equal quantities (manufacturer, 

orientation, stitch properties) apart from the areal 

weight. Tests have been performed for fiber volume 

fractions between 50% and 56%. The results provid-

ing the relations between areal weight and number 

of layers are used to calibrate the numerical method.  

3.2.1 Experimental setup 

For the experiments a 1D permeability test setup 

with 4 cavities has been used, see Fig.2. An earlier 

version of that setup has been employed to perform 

the experiments for the 2
nd

 international permeability 

benchmark study where high reproducibility and 

very good agreement with the partners that have re-

spected the boundary condition of the Benchmark 

study has been achieved. Each cavity of the setup 

consists of an aluminum top and bottom plate. Fiber 

volume fraction is adjusted using metallic distance 

frames. With the setup unsaturated and saturated 

permeability can be tested without having to replace 

the fabric layers. The first part of an experiment is 

the unsaturated test where the flow front is tracked 

using pressure sensors. For the saturated test per-

formed right after, the flow rate is controlled using 

force sensors. Additionally, pressure sensors at the 

edge of each cavity are installed to detect - together 

with the flow front sensors - non-linear flow fronts 

which are often a hint for race tracking. Race track-

ing usually occurs when a little gap between lay-up 

and the cavity walls is left so that resin can flow 

much faster there than through the fabric layers. 

 

Fig.2: 4-cavity 1D permeability test setup at LCC 

3.2.2 Overview effective results 

In the following, results of saturated tests are 

presented. A more in depth presentation including 

unsaturated results and single layer test will be 

published soon. 

For each setting 5 experiments have been preformed 

to check for the repeatability and robustness of the 

test method. In Fig.3 and 4 the effective 

permeability results for both materials are depiected. 

Here, values with index 0° refer to a test where the 

flow front progression is in the direction of the 

stitching (also called maching direction). 

Conssequently, results with indices 90° and 45° 

areise from experiments where the fabric has been 

put to the mould orthogonal or in an angle of 45° 

compared to the 0° degress direction. In the plots, 

addtionally the standard deviation bars are plotted 

which show nicely the robsutness of the test mehtod. 

The standard deviation for almost all configuration 

shows to be an order of magnitude lower than the 

permeability results. It can be seen that the 

permeability values for the SAE 274 are between 2.8 

E-11 m
2
 and 4.5 E-11 m

2
 wheras the results of the 

SAE 540 are little higher and ranging between 6.3 

E-11 m
2
 and 9.9 E-11 m

2
.  
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Fig.3: Effective permeability results for SAE 274 

and a FVF of 51.6% 

 

 

Fig.4: Effective permeability results for SAE 540 

and a FVF of 50.8% 

It will be shown in the following if that difference 

arises just from the difference in fiber volume frac-

tion or additionally from the material. The effective 

results are then compiled to receive the principal 

permeability values (K1, K2 and the rotation angle 

θ) using an analytical scheme proposed by Gebart et 

al. [4]. 

3.2.3 Influence of areal weight 

Since the areal weight of SAE274 is not exactly the 

same as SAE540, both materials have been com-

pared with a normalized fiber volume fraction of 

50%. Figure 5 shows a comparison of permeability 

values in 0° direction for different preform thickness 

and normalized to 50% fiber volume fraction. The 

normalization has been performed by an exponential 

curve-fit to the permeability values over fiber vol-

ume fraction. The influence of preform thickness on 

the fitting parameters is very small and is not pre-

sented here in detail. 

 

Fig.5: Effective 0° permeability results for SAE 540 

and SAE 274 normalized to FVF of 50% 

SAE540 shows higher permeability values for all 

preform thickness. The difference of permeability 

values over preform thickness is low for both mate-

rials. Unless, we have equal fiber volume fraction 

and same material type, one can observe a strong 

influence of the individual fiber architecture of the 

fabric. 

3.2.4 Influence number of layers 

Experiments accounting for the influence of lay-up 

thickness (number of layers) on permeability by 

keeping fiber volume fraction constant for each 

thickness have been performed. As can be seen in 

Fig.6, there is no clear trend over the thickness that 

can be observed for both materials (SAE274 and 

SAE540) and both principal directions (K1 and K2). 

 

Fig.6: Principal permeability results for SAE 274 

and SAE 540 over preform thickness 

Further investigations for preform thickness smaller 

than 1.2mm will be performed 

0.00E+00

1.00E-11

2.00E-11

3.00E-11

4.00E-11

5.00E-11

4lay 8lay 16lay

SAE274 - FVF 50.0% - sat 

K 0°

K 45°

K 90°

0.00E+00

1.00E-11

2.00E-11

3.00E-11

4.00E-11

5.00E-11

2lay 4lay 8lay

SAE540- FVF 50.8% - sat 

K 0°

K 45°

K 90°

0.000E+00

2.000E-11

4.000E-11

6.000E-11

t = 1.2
mm

t = 2.4
mm

t = 4.8
mm

K0° unsat of SAE274 and SAE540 
Normalized to FVF 50% 

274_sat

540_sat

0

1E-11

2E-11

3E-11

4E-11

5E-11

6E-11

0 1.2 2.4 3.6 4.8

Influence Lay-Up Thickness  

274_sat_K1

274_sat_K2

540_sat_K1

540_sat_K2

ICCM19 6124



In conclusion one can state that the influence of are-

al weight – meaning the influence of the fabric ar-

chitecture – on permeability is much more dominant 

than the impact of layer number - meaning preform 

thickness. 

The rule of mixtures that is commonly applied to 

predict preform permeability for known ply permea-

bility can be applied for both materials. A correction 

accounting for the influence of preform thickness 

seems to be not necessary. 

3.2 Capabilities of the Image Analysis Algorithms 

Six non-crimped biaxial fabrics with different orien-

tations, varying stitch pattern / material and differ-

ences in regularity are investigated. Tab.1 gives an 

overview of the tested materials and Tab.2 shows 

fabrics’ characteristics. 

Name Manufacturer Orientation 

SGL 45 SGL Kümpers ±45° 

SGL 90 SGL Kümpers 0°/90° 

SAE 45-1 Saertex ±45° 

SAE 90 Saertex 0°/90° 

SAE 45-2 Saertex ±45° 

SIG 45 Sigmatex ±45° 

Tab.1: Overview of tested materials 

Name Areal 

weight  

Thick-

ness 

Fiber vol. 

fraction 
SGL 45 450 g/m

2
 0.40mm 63,92% 

SGL 90 449 g/m
2
 0.40mm 63,78% 

SAE 45-1 408 g/m
2
 0.35mm 66,23% 

SAE 90 406 g/m
2
 0.35mm 65,91% 

SAE 45-2 540 g/m
2
 0.50mm 61,36% 

SIG 45 300 g/m
2
 0.30mm 56,82% 

Tab.2: Material specifications 

3.2.5 Image Processing Procedure 

The image processing is exemplarily shown for the 

front side of material SGL 45, that can be seen in 

Fig. 7. 

 

Fig.7: Scan of SGL 45 (fronstside) 

The original image is segmented in its constitutive 

domains (fibers, gaps, stitching) using gray- level 

thresholding and morphological operations (e.g. ero-

sion, filling, area opening) [5], the results can be 

seen Fig.8. 

 

Fig.8: Binary image of stitch domain (left) and gap 

domain (right) of SGL 45 

In the latter, the segmented domains are analyzed 

individually.  

 For the fiber domain the gradients are ampli-

fied with a Canny edge detection algorithm 
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[6] and then a Fourier analysis [7] is em-

ployed to determine the fiber orientation. 

Here, number and size of the grids where the 

fiber orientation is evaluated can be adjust-

ed. 

 Within the analysis of the stitch domain, the 

stitch loops are separated using again a mor-

phological operation (erosion) and then a 

Watershed algorithm [8] is employed to find 

the boundaries between the loops. Based on 

the binary images, size and aspect ratio of 

individual loops and orientation plus dis-

tance of the stitch line is calculated using 

curve-fitting. 

 The analysis of the gap domain is pretty 

similar to the stitch analysis. An extra sepa-

ration of the gaps is not necessary. Dimen-

sions of the gaps (including aspect ratio) and 

orientation are determined using the same 

approach as for stitches. 

Figure 9 shows the fiber orientation for a 9 x 10 

grid. Note that the analysis is performed solely 

on the “fiber” pixels of the image. Gaps and 

stitches are depicted just for completeness. Fig-

ure 10 shows the segmentation results. The gap 

domain is depicted in blue color and the stitches 

are marked in multiple colors.  

 

 
Fig.9: Analysis result of the fiber domain of SGL 45 

 

 
Fig.10: Result image of SGL 45: Stitching (loops 

marked in colors) and gaps (marked in blue) 

 

In the following, scans as well as results images 

from each of the materials in Tab. 1 are depicted 

showing front (top) and backside (bottom). Further-

more the images processing results are written to 

tables. 
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3.2.1 SGL 45 

The distinction of the stitch domain can be nicely 

achieved by gray-level thresholding, just small 

bunches of pixels have to be cleaned morphological-

ly. The results for the back-side are influenced by 

the binder content, stitching shows to be scraggy. 

This can be smoothed using morphological closing. 

The gaps appear to be comparably small. However, 

the image resolution is high enough (4800dpi) that 

they can be segmented. The small size causes holes 

within the gaps which can be closed morphological-

ly. Generally, the gap size varies in a huge range, 

deviations from the mean value of 120% occur. For 

further analysis based on unit cells, it is recommend-

ed to use mean values from a big homogenization 

area. 

The canny image comprises mostly long edges 

which suits the Fourier analysis. Although, there are 

round and oval object, the orientation can be deter-

mined robustly. The coefficient of variation is 

smaller than 2.5% for front- and backside 

Result Value 

(front) 

Value 

(back) 

Fiber orientation 

(COV) 

45.6° 

(2.4%) 

-44.5° 

(1.6%) 

Gap fraction 3.8% 1.6% 

Mean gap length  2.2mm 2.9mm 

Aspect ratio (L/W) 10.0 10.0 

Stitch fraction 10% 5.9% 

Stitch length 5.1mm 5.1mm 

Stitch distance 2.8mm 2.8mm 

Tab.3. Analysis results for material SGL 45 

 

 

 

 

 

Fig.11: Scan SGL 45 

(top: front side, bottom: backside) 
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3.2.2 SGL 90 

For SGL 90 segmentation of stitching works well. 

At the edges where stitch loops meet morphological 

closing has to be employed, especially for the back-

side. Extraction of individual loops is a little tricky 

for the backside. Due to the change of orientation, 

the seed points for water shedding have to be speci-

fied manually. This causes the loops to ‘fill’ irregu-

larly and hence the size of the loops is calculated 

slightly different for each one. However, calculation 

of the mean value cleans that issue.  

At the front side, there are two types of gaps. Firstly, 

there are bigger continuous channels and secondly 

smaller individual gaps. It is hard the segment the 

two types together. It is crucial to find suitable pa-

rameters for morphological operations, that the 

smaller gaps do not vanish. At the backside, just 

continuous channels can be found which is due to 

type of stitching. Here, segmentation of the gap do-

main is easier as for the front side.  

The determination of the fiber orientation works ro-

bust for the front side. For the backside, however, 

big problems arise. The fiber bundles are quite regu-

larly which caused the canny algorithm not to find 

enough edges (gradients). Secondly, the binder leads 

to big round and oval edges that have a huge impact 

on the calculated fiber orientation. 

Result Value 

(front) 

Value 

(back) 

Fiber orientation 

(COV) 

91.7° 

(2.9%) 

-66.4° 

(28.1%) 

Gap fraction 4.4% 15.7% 

Mean gap length 1.8mm 6.7mm 

Aspect ratio (L/W) 4.6 7.5 

Stitch fraction 8.7% 8.3% 

Stitch length 5.1mm 5.1mm 

Stitch distance 3.8mm 6.1mm 

Tab.4: Analysis results SGL 90 

 

  

 

 

 

Fig.12. Scan SGL 90 

(top: front side, bottom: backside) 
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3.2.3 SAE 45-1 

For SAE 45-1 segmentation of stitching works well. 

The shapes are quite regular on both sides; just on 

the backside some stitch bundles are a little scraggy. 

This can be cleaned morphologically. 

The gaps are quite small on both sides but rather 

regular and they have a clear triangular shape. On 

the front side segmentation works well. On the back-

side gray levels of fibers and gaps are very similar; 

this causes some difficulties for proper extraction. 

Segmentation and analysis of the fiber domain is 

straightforward here. The values for front and back-

side as well as the low COV show that nicely. 

Result Value 

(front) 

Value 

(back) 

Fiber orientation 

(COV) 

44.3° 

(3.8%) 

-45.9° 

(6.6%) 

Gap fraction 10% 10% 

Mean gap length 2.1mm 2.2mm 

Aspect ratio (L/W) 11.9 7.6 

Stitch fraction 12.7% 22.3% 

Stitch length 5.1mm 5.1mm 

Stitch distance 1.7mm 4.4mm 

Tab.5: Analysis results SAE 45-1 

 

 

 

 

 

 

 

 

 

 

 

Fig.13. Scan SAE 45-1 

(top: front side, bottom: backside) 
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3.2.4 SAE 90 

For both sides, the stitching can be clearly separated 

from the two other domains because of the bright-

ness (gray-levels between 250 and 255). On the 

backside the endpoints of the loops have to be closed 

manually. 

The gaps on the front side are hard to detect. At first, 

they are not clearly defined, a lot of filaments are 

crossing the gaps and the gaps are rather inhomoge-

neous. On the backside, the same problem occurs, 

but segmentation is possible. 

The inhomogeneity on the front side that causes 

problems for the gap analysis is advantageous for 

the fiber orientation analysis. Here, irregularity 

means a lot of gradients which simplifies edge de-

tection and Fourier transformation. On the backside 

bundles are very homogeneous, but orientation anal-

ysis is possible. 

Result Value 

(front) 

Value 

(back) 

Fiber orientation 

(COV) 

91.0° 

(4.3%) 

-3.9° 

(45%) 

Gap fraction 34.9% 2.9% 

Mean gap length 2.6mm 1.0mm 

Aspect ratio (L/W) 2.1 8.1 

Stitch fraction 31.0% 16.3% 

Stitch length 5.0mm 5.1mm 

Stitch distance 3.2mm 6.0mm 

Tab.6. Analysis results SAE 90 

 

 

 

 

 

 

 

 

Fig.14: Scan SAE 90 

(top: front side, bottom: backside) 
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3.2.5 SAE 45-2 

For material SAE 45-2 an efficient image processing 

is possible. All methods can be applied in automatic 

mode and the analysis is robust, the results are of 

high quality (e.g. COV for fiber orientation smaller 

0.6%) and are highly credible. Initially, the gray lev-

el histogram shows an almost perfect tri-modal 

shape, i.e. tree clearly separated peaks representing 

the three domains. There are similarities to material 

SGL 45, but SAE 45-2 is without binder. So, there is 

no negative influence on the segmentation at all. 

Based on the segmentation of the entire stitching 

domain, the loops can be separated easily. Even the 

automatic seed generation for water shedding can be 

employed. 

Result Value 

(front) 

Value 

(back) 

Fiber orientation 

(COV) 

43.0° 

(0.6%) 

-49.6° 

(0.5%) 

Gap fraction 4.5% 3.2% 

Mean gap length 3.7mm 3.5mm 

Aspect ratio (L/W) 16.6 19.8 

Stitch fraction 13.6% 7.4% 

Stitch length 5.1mm 5.2mm 

Stitch distance 2.7mm 2.6mm 

Tab.7: Analysis results SAE 45-2 

 

 

 

 

 

 

 

 

 

 

Fig.15: Scan SAE 45-2 

(top: front side, bottom: backside) 
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3.2.6 SIG 45 

Material SIG 45 is very inhomogeneous which can 

be seen clearly at the scans. For the gray level histo-

gram that has no influence, so segmentation should 

be possible. The binary images show the in homoge-

neities very well gaps have different sizes and com-

pletely different shapes. The stitches show the same. 

This makes calculation of geometrical properties 

very hard. That’s why this step is suspended for the 

analysis. The distance between the stitch lines as 

well as their orientation can be measured because 

the values are based on the mean values of the ge-

ometry of the individual stitches.  

Result Value 

(front) 

Value 

(back) 

Fiber orientation 

(COV) 

52.0° 

(7.5%) 

-52.0° 

(1.6) 

Gap fraction - - 

Mean gap length - - 

Aspect ratio (L/W) - - 

Stitch fraction 14.5% 15% 

Stitch length 5.5mm - 

Stitch distance 2.3mm - 

Tab.8: Analysis results SIG 45 

The algorithms prove to work robust with most of 

the tested fabrics and are capable of extracting all 

information required for textile modeling.  

In general, the more homogeneous a fabric is the 

easier is the analysis. The segmentation of the do-

mains is always possible so that all relevant quanti-

ties for textile modeling can be approximated. Only 

geometric properties cannot be determined for any 

fabric. Due to the inhomogeneity of fabrics the ques-

tion comes up how big the sample size (image size) 

has to be so that representative quantities can be de-

termined. This topic will be addressed in future. 

The calculation of fiber orientation is well possible 

and robust. 

 

 

 

 

Fig.16: Scan SIG 45 

(top: front side, bottom: backside) 
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4 Summary and Outlook 

Results on both fields that have been investigated for 

that paper have contributed nicely to a better under-

standing of the presented method. Experimental re-

sults give an insight to topics where the simulation 

approach cannot account for by itself. Also the in-

vestigation of the image processing gave important 

information about its capabilities and robustness. For 

more realistic resin flow simulation, local preform 

characteristics like fiber volume fraction and shear 

deformation as well as their variability has to be tak-

en into account. For that purpose image processing 

could be an appropriate tool. When indicated one 

has to rely on more elaborated method of image ac-

quisition like e.g. CT scanning to be able to capture 

the entire 3D geometry. 

One of the next steps is to apply the simulation ap-

proach for permeability prediction to a realistic, 

more complex component in order to demonstrate 

the benefits of the method compared to purely ex-

perimental permeability prediction. As already men-

tioned the topic variability will be addressed. Up to 

now the knowledge about required model size for 

representative modeling as well as the influence of 

fabrics’ inhomogeneity is insufficient. 
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1 Introduction  

Several attempts have been presented to design 
structures with morphing capabilities.  An example 
is NASA’s research on biologically inspired 
morphing wings [1].  Hyer and his colleagues [2, 3] 
established the concept of using smart materials to 
introduce morphing into bistable panels.  In their 
research they identified the advantage associated 
with using bistable panels as actuation energy is 
required to trigger their shape change whereas no 
energy is needed to maintaining their deformed 
shape. In [3] Schultz and Hyer used Macro-fiber 
Composite (MFC) actuators to trigger snap-through 
in unsymmetric cross-ply laminates.  Other 
researchers [4-6] investigated the same option to 
trigger snap-through in unsymmetric panels using 
MFC actuators. A common observation is that 
bonding MFC actuators to the panel’s surfaces is 
found to decrease its curvature hence affecting the 
bistable characteristics of the assembly.  
The current research investigates possible 
alternatives aiming at minimizing this loss of 
curvature.  To this end, an analytical model is 
developed using ABAQUS to predict the loss of 
curvature due to bonding and snap-through 
requirements.  As a result it was concluded the 
bonding MFC actuators to the surfaces of a bistable 
panel in one of its deformed configurations provides 
an optimum option.  The concept was implemented 
and tested to determine MFC actuation requirements 
for triggering snap-through behavior.  Analytical 
predictions were found in good agreement with 
measurements. 

 

2 Morphing panel assembly preparation 

A rectangular unsymmetric panel of width 65 mm 
and length 85 mm is manufactured from Hexcel 

IM7/8551-7 Graphite/Epoxy prepreg with a stacking 
sequence of [0/90]T.  The mechanical properties of 
Hexcel IM7/8551-7 graphite/epoxy prepreg are 
provided in Table 1. The maximum curing 
temperature is 177°C and the room temperature is 
21°C. The equilibrium configurations of a 
rectangular panel are illustrated in Figure 1. A mold 
is prepared from high density foam with the same 
curvature as the second equilibrium shape of the 
panel.  Two 40 mm × 10 mm MFC actuators are 
centrally bonded to the top and bottom surfaces of 
the panel using Loctite's E120 HP Epoxy.  The 
actuators are positioned parallel to the shorter 
dimension of the panel.  Adhesive is applied and the 
actuators are bent to conform to the panel’s curved 
surface.  Vacuum is applied and the mold is placed 
in an oven for three hours at 60ºC.  Figure 2 shows 
the bistable panel before and after the bonding of the 
actuators for qualitative comparison. 

 

3 Finite element modeling  

3.1 Bistable Behavior 

In 1945 Koiter [7] showed that failure to account for 
geometric imperfections is responsible for the large 
differences between theoretical and experimental 
results. Ochinero [8] documented the observation of 
geometric imperfections in an unsymmetric laminate 
and investigated their effect on the prediction of 
cured shapes. In [9, 10] Tawfik et al. developed a 
finite element based methodology to predict the 
cured shapes of thin unsymmetric cross-ply 
rectangular laminates and their bistable behavior. 
This methodology accounts for nonlinear large 
deformation and geometric imperfections utilizing 
Koiter’s theory. In this methodology Abaqus finite 
element software is used to predict the cured shapes 
performing three steps. In the first step a linear 
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eigenvalue buckling problem is solved for the 
laminate under the thermal load associated with the 
curing cycle. In the second step the geometry of the 
“imperfect” laminate is obtained by superimposing 
these eigenmodes to the nodal coordinates of the 
perfect laminate. Finally, a geometrically nonlinear 
step is used to model the cooling stage of the curing 
cycle and results in predicting the cured shape of the 
imperfect laminate. Also the methodology predicts 
the critical load required to trigger snap-through 
behavior in these laminates utilizing loading and 
unloading nonlinear analysis steps. Further detail of 
this methodology is provided in [11]. 

3.2 Piezoelectric Behavior 

The finite element methodology developed by 
Tawfik et al. [9, 10] was later extended to account 
for piezoelectric actuation [14]. A thermal analogy 
approach [12, 13] is used in Abaqus commercial 
software to model piezoelectric behavior.  Using this 
analogy, the applied electric field is modeled as 
thermal load with equivalent thermal expansion 
coefficients calculated from the piezoelectric 
constants.  Piezoelectric extension actuation 
mechanism, i.e. where the electric field and poling is 
through the thickness, is employed to demonstrate 
this analogy. Thermo-elastic strain-stress relations in 
three-dimensional are  

{ } [ ]{ } { } TS ∆+= ασε   (1) 
where [S] is the compliance matrix, {σ} are the 
mechanical stresses, {α} are the thermal expansion 
coefficients, ΔT is the temperature difference and 
{ε} are the total strains. 

In the case of extension actuation mechanism, 
the only nonzero electric potential is 3ψ  across the 
thickness, the total strains {ε} in terms of actuator 
properties and constants are 

{ } [ ]{ } { }
t

dS 3ψ
σε +=   (2) 

where {d} is the piezoelectric strain coefficient 
vector and t is the piezoelectric actuator thickness.  
The thermal analogy is achieved by comparing 
Equations (1) and (2). Thus, for a given actuator, the 
equivalent thermal expansion coefficients is 
calculated from the piezoelectric coefficients using 

312
32

2
31

1 Δ  ,0  ,  , ψααα ==== T
t

d
t

d  (3) 

Tawfik et al. [14] used this approach to model 
piezoelectric behavior in Abaqus shell elements.   

3.3 Piezoelectric Actuator Bonding 

Schultz and Hyer presented a novel morphing 
concept [3] by bonding MFC actuator to the surface 
of an unsymmetric cross-ply laminates to trigger 
snap-through behavior. Also Schultz [15] reported 
good correlation between model and experiment and 
explained potential reasons for the difference. 
Another potential reason for the difference can be 
any uncertainty in the curvature value at the event of 
actuators bonding in the vacuum bag.  

Tawfik [11] performed a detailed study on 
different options of actuators bonding, e.g. with the 
laminate being maintained in either its straight or 
curved configurations. Actuator bonding in the 
curved configuration of the laminate is advantageous 
for minimizing the loss of curvature due to bonding. 
Therefore a curved mold of identical curvature to 
that of the free laminate is used to support the 
assembly at a known curvature while bonding. Also, 
using the curved mold eliminates any uncertainty in 
the curvature value of the assembly during bonding. 
In order to model actuators bonding in the laminate 
curved configuration concentrated moments are 
applied at the actuators edges. Moments are 
calculated using the moment curvature relationship,  

κIEM =    (4) 
for M is the applied moment, E and I are the 
actuator’s Young’s modulus in bending and its 
second moment of area, respectively. MFC actuator 
properties, provided in Table 2 [16], are 
implemented in the model and the thermal analogy 
is utlized. Four-noded, reduced integration, doubly 
curved shell elements (S4R) are used to model both 
the unsymmetric laminate and the actuators. The 
unsymmetric panel is modeled using 884 elements, 
while for each actuator 64 elements are used to 
model its active portion and 156 elements to model 
its casing. Three layers of elements representing the 
unsymmetric panel and the two actuators are held 
fixed in space at their midpoints by constraining all 
degrees of freedom.  The neutral axis of each layer 
of elements representing an actuator is offset 
according to its respective position in the assembly. 
First, the three-step methodology is used to simulate 
laminate curing. Then a nonlinear analysis step is 
performed to simulate actuator bending under 
concentrated moments at the edges. The analysis 
was restarted adding tie constraints between the 
actuators and laminate. A nonlinear analysis is set to 
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allow the laminate/actuators assembly to relax to its 
final bonded shape. Figure 3 provides a side-by-side 
comparison of the equilibrium shapes of the bonded 
laminate/actuators assembly versus the finite 
element predictions. Finally, nonlinear analysis steps 
representing thermal loading and unloading of the 
actuators are conducted to predict the required 
voltage to induce snap-through or snap-back of the 
assembly.  

 

4 Analytical and test results  

The test setup, shown in Figure 4, is used to 
measure the required voltage to trigger snap-through 
behavior. The laminate/actuators assembly is 
suspend by a thread from the middle post. The setup 
consists of a DC power supply, two miniature High 
Voltage DC converters (HV-DC), a voltmeter and 
the laminate/actuators assembly. The Agilent 
E3648A DC power supply is used to generate a 0 to 
12V ramp signal which in turn is fed into each of the 
miniature HV-DC converters for amplification. The 
AMCO G05 and G15 HV-DC converters linearly 
amplify a 12V signal to 500V and 1500V, 
respectively [17].  The voltmeter is used to show the 
amplified voltage applied to the actuators. 
The experiment was repeated four times, for both 
snap-through and snap-back, and the required 
voltages were averaged and are provided in Table 3. 
Finite element analysis predicted values are shown 
in the same table together with their percentage 
deviations from the measurements. The voltage was 
predicted with a percentage difference of ~7.9% 
from the measured value in the case of snap-through 
and ~9.0% in the case of snap-back. Deviation from 
measurements could be due to post-curing loss of 
curvature in the laminate, perfect bonding 
assumption, possible misalignment of the actuators 
along the x-direction of the laminate, and/or 
uncoupled electrical, mechanical and thermal effects 
during bonding and actuation. 

 

5 Conclusions 

The previously developed methodology [9, 10] is 
extended to account for piezoelectric actuation via a 
thermal analogy approach. A laminate/actuators 
assembly is manufactured in a curved mold and the 
required voltage to induce snap-through is measured. 

Finite element predictions are compared to 
measurements and predictions are found to be in 
good agreement with measurements. This work is 
the outcome of the comprehensive study presented 
in [11]. 
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Fig. 1. Unsymmetric cross-ply bisatble laminate, 
Equilibrium configurations (I) and (II) 

 

 
 

Fig. 2. Bistable panel; before and after actuators bonding 
 
 

 
 

Fig. 3. Panel/actuators assembly equilibrium shapes, 
actual versus predicted 

 

 
Fig. 4. The test setup 

 
 

Table 1. Properties IM7/8551-7 Graphite/Epoxy prepreg 

E11 
(GPa) 

E22 
(GPa) 

G12 
(GPa) 

ν12 α1 
(10-6/oC) 

α2 
(10-6/oC) 

t 
(µm) 

141.18 7.20 4.45 0.30 0.14 30.98 138.75 
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Table 2. MFC piezoelectric actuators properties 

  Property Units 
Thickness  300 µm 

High-field (|E| > 1kV/mm)    
Piezo Strain Constants d31 460×10-12 m/V 

 d33 -210×10-12 m/V 
Low-field (|E| < 1kV/mm)    
Piezo Strain Constants d31 400×10-12 m/V 

 d33 -170×10-12 m/V 
Young’s Moduli EY1  30.336 GPa 

 EY2  15.857 GPa 

Shear Modulus EG12  5.515 GPa 

Poisson’s ratio 
12ν  0.31  

Max Operating Voltage Vmax 1500 V 
  -500 V 

 
 
 

Table 3. Required voltages  

 
Required voltage (V) 

(%) Top actuator Bottom actuator 
Exper. FEA Exper. FEA 

Snap-
through −460 − 495.5 1380 1489 7.9 

Snap-
back 2217 2416 −739 − 805.2 9.0 

 

5  
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1. Introduction  

Composite materials have many desirable properties, 

most notably excellent stiffness and strength 

combined with low mass. However, the key 

disadvantages of traditional 2D composites are that 

they require expensive, labour intensive 

manufacturing and are prone to delamination due to 

the lack of through thickness reinforcement. 3D 

woven composites can address both of these issues 

due to the addition of yarns, known as binders, 

which interlace through the fabric thickness. This 

means that near net shape preforms can be produced 

directly from the loom to form composites with 

greatly improved interlaminar properties. However, 

despite these advantages, 3D woven composites 

have been largely limited to niche applications. One 

of the key reasons for this is the lack of predictive 

numerical tools, which limits their ability to be used 

at the early stages of design. 

Mechanical performance modelling of textile 

composites typically begins with the definition of 

textile unit cell geometry using a specialist pre-

processor such as TexGen. Such software can 

produce an idealised representation of a textile 

sufficient for the modelling of many types of 

composites with 2D reinforcement. However, some 

3D woven textiles present a significant challenge to 

model due to their inherent complexity. While 

TexGen is capable of modelling such textiles, the 

idealised geometries that it produces can neglect 

realistic features such as yarn waviness and yarn 

pinching which play a significant role in determining 

their resulting properties, especially strength [1, 2]. 

Previous work [3] used a finite element (FE) model, 

representing each yarn as a bundle of chains of beam 

elements, in order to predict the deformations of an 

orthogonal 3D woven fabric. The effects of weaving 

and compaction were well captured, with results 

validated against micro computed tomography (CT) 

scans. 

FE models of 2D woven textile composites are 

traditionally meshed with tetrahedral elements, with 

the matrix domain assigned as the inverse of the 

yarn volume within the global unit cell domain (See 

for example [4]). Nodes of matrix and yarn elements 

at the interface between the two different material 

phases must be shared to form a conformal mesh. 

However, realistic models of complex 3D woven 

architectures will likely feature degenerated resin 

regions and small yarn interpenetrations meaning 

that such meshing practices are not feasible. Other 

techniques have been proposed to model such textile 

composites [5, 6]. In this study, a technique based on 

voxels [7]; meaning a 3D pixel, was used and has 

been shown to be adequate for mechanical 

modelling of 2D textile composites [8].  

 

2. Textile Geometry  

The accuracy of mechanical modelling of textile 

composites for strength prediction is dependent on 

the modelling technique, material models and 

assumed textile geometry. A previous project 

considering failure modelling of 3D woven 

composites concluded that a significant limitation 

was with regard to the idealised geometries being 

used. For textiles with complex internal architecture, 

there was no further merit in pursuing relatively 

small improvements with the failure model whilst 

significant discrepancies existed between considered 

and real geometries. A schematic representation of 

an orthogonal 3D woven fabric is shown in Fig. 1. 

The fabric has two sets of binder yarns, each 

arranged in a 5 harness satin style. One set of these 

binder yarns float on the upper surface of the fabric 

while the other float on the bottom surface. The 

original idealised TexGen unit cell model of this 

fabric used in the aforementioned study is shown in 

Fig. 2(a). In this geometrical model, the in-plane 

warp and weft yarns are completely straight with 

zero crimp, waviness or cross-sectional variation. 
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2  

MODELLING OF 3D WOVEN COMPOSITES WITH REALISTIC UNIT 

CELL GEOMETRY  

Binder yarns follow a path with straight horizontal 

or vertical sections, constant cross-section and 

extend beyond the surface of the fabric, resulting in 

a resin layer on the surfaces of the composite. None 

of these features are present in the real moulded 

composite. 

However, there have been recent developments to 

TexGen aimed specifically at improving the quality 

of 3D woven textile geometry. A new idealised unit 

cell model of the same fabric as generated in the 

latest version of TexGen (3.5.3) is shown in Fig. 

2(b). It was however still not possible to generate a 

model at the level of compaction consistent with the 

real infused composite (58.5% volume fraction 

(VF)) without significant yarn interpenetrations. The 

model therefore has a lower VF of 52.0%, similar to 

the original idealised model. This new model 

features binder yarns which are flush with the fabric 

surface, achieved using binders which are near 

circular in the vertical sections but flatten 

considerably on surface while inducing crimp in the 

surface weft yarns. However, elsewhere the in-plane 

yarns remain straight with constant cross-section. 

The main motivator for the development of beam 

element fabric deformation models was to produce 

accurate geometry for unit cell analysis of textile 

composites. In order to generate mechanical 

performance models from the output of these 

deformation models, the yarns required conversion 

from a bundle of beams to solid entities. A python 

script was written to extract yarn paths, as well as 

cross-sections using an algorithm which traced 

around the outline of the beams, to produce a 

realistic TexGen model of the 3D woven fabric unit 

cell. Whilst the deformation models can produce 

geometry at levels of compaction as high as the real 

fabric, for comparative purposes, this realistic 

TexGen model is also shown at 52.0% VF in Fig. 

2(c), and is visually considerably different to the 

idealised models. It features significant out-of-plane 

waviness of warp yarns, in-plane waviness of weft 

yarns and variation of cross-sections in all yarns. 

The output of the deformation model was validated 

against CT scans of the real fabric in [3], with a CT 

image of a unit cell presented in Fig. 2(d). It can 

clearly be seen that the realistic model much more 

accurately represents the architecture of the real 

fabric than the idealised models. 

 

3. Methodology 

In this study, tensile loading in warp and weft 

directions will be considered for the following four 

scenarios: 

A. New idealised model (52.0% VF) 

B. Realistic model (52.0% VF) 

C. Realistic model (58.5% VF) 

D. Experimental data (58.5% VF) 

The results of A and B will be used to assess the 

effect of geometry assumptions on mechanical 

performance prediction. Further insight can be 

gained regarding the effect of compaction from B 

and C, while the accuracy of each model compared 

to experiment will also be assessed. 

 

3.1. Modelling Procedure 

Voxel meshes can be automatically generated in 

TexGen with each voxel being designated part of the 

matrix or yarn domain depending on the location of 

its centroid. Using this technique, it is trivial to 

generate periodic meshes of complex geometries. It 

also avoids the need to specify fictitious resin gaps 

between yarns often resorted to in conventional 

modelling of textile composites to produce adequate 

quality elements (see for example [9]). Periodic 

boundary conditions for the unit cell with stagger in 

tessellation shown in Fig. 1(a) were applied as in 

[10]. 

 

3.2. Material Properties 

In each of the models the yarn area and hence VF 

varied in different segments of the yarns. This 

variation was from 47-78% VF in the idealised 

model, with most of this variation occurring in the 

binders. In the realistic models, VF ranged from 36-

87%, with continuous variation in all yarns and high 

VFs where yarns come into contact with each other 

at cross-over points during weaving and compaction. 

Whilst the VF remains below the maximum 

hexagonal array fibre packing limit of ~91%, since 

this cannot be violated in such multi filament based 

deformation models, the high VFs suggested in 

certain localised regions is exaggerated. In practice 

it is difficult to exceed VFs greater than 75% (see 

for example [11, 12]) as unlike the model, fibres in a 

real yarn are not perfectly aligned and have some 

level of entanglement.  

Yarns were treated as transversely isotropic, with 

properties applied to each element depending on the 

local VF in order to avoid stiffness discontinuities in 
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the yarn. Constituent and yarn properties as applied 

to the models are shown in Table 1. Fibre and matrix 

properties were taken from manufacturer’s data 

where available, as well as the literature. Yarn 

elastic constants were calculated from constituents 

using a micromechanical FE model with a hexagonal 

fibre packing. Strength properties were calculated 

using a new analytical model proposed by Ivanov, 

based on a generalisation of the Chamis concept 

[13]. The four-element system approximates quarter 

of the unit cell in the square fibre grid. Three sets of 

conditions are utilised: continuity of traction on the 

inter-block boundaries, symmetry and equilibrium. 

These equations along with the Hooke’s law are 

sufficient to identify the stresses in the blocks. 

Failure is assumed to be governed by the critical 

hydrostatic tension   (crucial for failure of brittle 

epoxies [14, 15]) or the critical Mises stress 

  (responsible for ductile failure in shear or tension) 

whichever is reached faster: 

 

    (
   
   

 
   
   

)    (1) 

where the indexes ‘mx’ stands for the maximum 

value in matrix elements, and ‘cr’ stands for the 

critical value. The conservative estimate of the latter 

can be extracted from a uniaxial tensile test on pure 

epoxy. At failure         and     (  is the 

uniaxial strength of matrix), which leads to: 

    ((           )        )    (2) 

The prediction of the transverse strength follows the 

anticipated trend; strength drops when fibre VF is 

increased from 0 to 40% and remains nearly 

constant as it further increases.  

 

3.3. Material Models 

The behaviour of yarns and matrix were assumed to 

be linear prior to damage onset. After damage 

initiation a continuum damage mechanics (CDM) 

model [16] was applied both to yarns and matrix. It 

proposes that damage in material can be considered 

as a reduction of stiffness properties over a region of 

material, a finite element in this case. 

Five modes of failure were considered for the yarns: 

longitudinal tension/compression, transverse shear 

and transverse tension/compression. The damage 

state of the material was defined by set of three 

parameters Di defined by equations (3) – (5) with 

respect to chosen failure modes. Damage initiation 

was assumed when one of the parameters Di 

exceeded value of 1.0. 

 
      (

   

   
  
    
   
 ) (3) 

 
   

√   
     

 

   
 (4) 

 
      (

   (     )

   
   

   (     )

   
 ) (5) 

 

where     – components of stress tensor,    and    

are principal stress in the plane orthogonal to the 

fibre direction,     
  are strengths of yarn, where 

indexes         corresponds to directions and 

index       stands for tensile and compression 

strength. 

Following the CDM approach, damage propagation 

was modelled by reduction of stiffness properties of 

an element. Young’s and shear moduli of the 

damaged yarn were described as follows: 
 

 
   {

  
                         

       
             

 (6) 

      
   

    (         ( (  )  (  ))) 
(7) 

        
    

    (         ( (  )  (  ))) 
(8) 

 

where  (  ) is a penalty function defined as: 

 

  (  
 

    (        )
) (9) 

It can be seen that damage in the longitudinal 

direction causes abrupt degradation of longitudinal 

properties. Ratio       of parameters in the penalty 

function determines how fast damage will propagate 

through an element and defines final failure of 

element (Fig. 3). This parameter is mesh and 

material dependent with coarse meshes requiring a 

higher parameter. Ratio       was empirically 

chosen to be equal to 4.0. Poisson ratios remained 

intact. 

Damage initiation in the matrix was defined by a 

pressure dependent modified von Mises criterion 

[17]. The matrix behaviour after damage was 

defined by reduction of Young’s modulus using the 
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penalty function described above. 

 

4. Results and discussion 

Voxel meshes used for the idealised and realistic 

models are shown in Fig. 4 . It was relatively simple 

to represent the straight yarns of the idealised model 

with voxels, but the complex geometry of the 

realistic models proved more challenging with 

angled or curved yarns having stepped or jagged 

surfaces. The quality of the voxel representation of 

geometry improves with refinement however, the 

large unit cell size of this fabric placed a practical 

limit of the level of refinement possible.  

Young’s moduli and ultimate strength values are 

presented for each of the models compared to 

experiment in Table 2. Stress-strain curves for each 

data set are shown for the warp and weft directions 

in Fig. 5 and Fig. 6 respectively. Experimental 

curves shown are for a representative test [18] and 

model results using the low compaction geometry 

have been normalised by VF. The result of the 

idealised model was an overestimation of stiffness in 

both directions by around 15%. The low compaction 

realistic model predicted moduli very close to 

experiment with the high compaction model having 

slightly reduced values. The same trend is replicated 

with strength prediction for each model. 

Experimental curves appear bi-linear with a kink at 

around 0.6% strain. It is believed that this stiffness 

reduction is due to transverse yarn and resin cracks 

which were observed in an orthogonal 3D composite 

of similar weave style but fewer layers prior in 

interrupted tests (Fig. 7). The damage model used 

for the analysis is based on a simplified mechanical 

approach and thus cannot capture transverse failure 

with great accuracy. However, it correctly predicts 

strain of the onset of yarn transverse damage 

accumulation in the stress-strain curve and shows 

the main trend of stiffness reduction, (in the realistic 

models). The final failure depends mainly on correct 

prediction of longitudinal stresses although artificial 

stress concentrations due to the voxel discretisation 

of geometry may reduce the final strength. 

Comparison of the two 52% VF models clearly 

demonstrates the effect of textile geometry on the 

resulting mechanical properties. Non-conservative 

results were produced by the idealised model 

because of the geometrical assumptions outlined in 

section 2, most notably the lack of yarn waviness. 

Assessment of the two realistic models shows a 

reduction in properties with compaction, with the 

highly compacted model featuring greater waviness. 

In these cases, the relative reduction in tensile 

strength was typically over double the relative 

reduction in stiffness. This effect will be even more 

severe for compressive strength since the presence 

of waviness causes kink-band formation in yarns [1, 

2]. The differences between idealised and realistic 

geometries will therefore be even more striking 

when subject to compressive loading. Interestingly, 

the compacted realistic model has a higher weft 

modulus than warp, contrary to the low compaction 

realistic model as well as experiment. The reason for 

this is the relative levels of yarn waviness in each 

model. Average waviness for the low compaction 

model was 3.1˚ and 3.9˚ in warp and weft 

respectively while for the compacted model, 4.8˚ 

and 4.1˚. This was determined by splitting the yarn 

path into segments and calculating the angle of each 

segment from the nominal path. Weft yarn waviness 

in the model does not vary much with compaction as 

it is dominated by crimp at the surface due to contact 

with binders, and in-plane waviness which develops 

during weaving and light compaction. However, the 

warp yarns feature mostly out-of-plane waviness 

which increases significantly with compaction 

causing overall waviness to become greater than in 

the weft yarns at high compaction.  

One would expect the fully compacted realistic 

model to produce closest match with experiment, 

however material properties were slightly 

underestimated. Examination of CT scan data 

showed that this was despite the model having 

marginally underestimated crimp levels. One source 

of error is the applied boundary conditions. The 

models behaves as infinite material due to 

enforcement of periodicity, however, due to the 

physically large unit cell size, coupons for testing 

were only around 1 unit cell width for weft loading 

and 2.5 for warp loading. However, relaxing the 

boundary conditions on the model would cause a 

further reduction in predicted stiffness. Whilst every 

care was taken in determining material properties, 

this discrepancy could be explained by the input 

properties to the model being less stiff than with the 

real material.  

 

5. Conclusions 

In this work various geometrical models of a 

complex orthogonal 3D woven composite have been 

assessed using voxel meshing and a continuum 

damage model for elastic and failure analysis. 
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Geometrical assumptions used in an idealised model 

have been shown to have significant implications for 

stiffness and especially strength predictions, with a 

realistic model at same level of compaction 

producing reduced, and more accurate values. A 

high compaction realistic model produced a further 

reduction in properties due to the increase in crimp 

levels. Realistic models showed good agreement 

with experiment using the voxel approximation and 

a simple damage model. 
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Fig. 1. Schematic representation of orthogonal 3D woven fabric showing (a) unit cell with tessellation and (b) 

fabric cross-section. 

 

 

 
 

Fig. 2. Various TexGen unit cell models of 3D woven fabric compared to CT scan, at 52% VF. 
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Table 1. Table of material properties for constituents and yarn (at nominal 70% VF)  

 
E11 

(GPa) 

E22 

(GPa) 

v12 = 

v13 
v23 

G12 = 

G13 

(GPa) 

G23 

(GPa) 

S11 

(MPa) 

S22 

(MPa) 

S12 

(MPa) 

S23 

(MPa) 

           
Fibre 238 13 0.20 0.25 13 6 

4620* / 

3825** 
- - - 

Matrix 3.1 3.1 0.35 0.35 1.2 1.2 77.6 77.6 61.5 61.5 

Yarn 

(70% VF) 
167 8.1 0.21 0.30 4.5 3.0 

3234* / 

2678** 
36.4 53.8 61.5 

           
*Warp / weft yarns 

** Binder yarns 

 

 

 
 
Fig. 3. Stiffness reduction penalty function. 

 
 

 

 
 
Fig. 4. Voxel meshes for; (a) idealised model, (b) realistic model. 
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Table 2. Comparison of moduli and strength predicted by the models with experiment. 

 
 

Experiment Ideal 
Realistic  

(52.0% VF) 

Realistic  

(58.5% VF) 

E (GPa) σy (MPa) E (GPa) σy (MPa) E (GPa) σy (MPa) E (GPa) σy (MPa) 

         
Warp 63.94 701 72.79 922 64.27 669 56.71 551 

Weft 60.84 625 71.01 920 61.74 596 59.67 533 

         
 

 

 

 

 
Fig. 5. Graph showing stress strain curves of each model alongside experiment for tensile warp loading. 
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Fig. 6. Graph showing stress strain curves of each model alongside experiment for tensile weft loading. 

 

 

 
 
Fig. 7. Micrograph of a thinner orthogonal 3D woven fabric of similar weave style showing transverse cracks in 

yarns and resin at 90% failure load in interrupted test [18]. 
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1 Introduction  

Materials used in aerospace applications undergo 

important temperature variations in service. Because 

of the difference between the coefficient of thermal 

expansion (CTE) of the matrix and the fiber, 

significant stresses are induced in the laminate. 

Those stresses can produce microcracking and cause 

deterioration of the laminate mechanical properties. 

Also, microcracks can affect the thermal stability of 

the laminate by changing the CTE. Therefore, it is 

important to study the behavior of the laminate 

under these temperature variations.  

Previous works have shown that thermal cycling can 

induce changes in the composite mechanical 

properties. Gao et al. [1] have observed a diminution 

of tensile strength in the 0°- and 90°- directions of a 

carbon/epoxy unidirectional laminate after only a 

few thermal cycles.  Kim et al.  [2] have shown that 

the CTE of carbon/epoxy cross-ply laminate changes 

with the presence of transverse microcracks induced 

by mechanical loading or thermal loading. 

Studies were also conducted to characterize the 

damage state of the composite materials due to 

thermal cycles [3-7]. Microscopic observation is a 

widely used technique to characterize damage. 

Research works have demonstrated that damage 

observed on the edge of a sample, are not necessary 

representative of damages found in the middle of it 

[3, 5, 6, 7]. However, it is not possible to conclude 

from those researches if damage inside a laminate is 

more important than on the edges, since results 

change according to the study. Furthermore, studies 

have shown a great variation in the damage types 

that were observed according to the materials 

systems and staking sequences used for the 

laminates [3-7]. 

In this study, the effects of thermal cycling on 

damage in carbon/cyanate ester laminates are 

investigated. Microscopic observations are used to 

evaluate the damage state of the laminates first on 

the edges and then in the middle.  

2 Experimental work 

2.1 Materials 

The material used in this study is a five-harness 

carbon fiber satin weave textile impregnated with 

cyanate ester resin. Two lay-up sequences were 

studied: Laminate A [0/0*/0/0*]S and Laminate B 

[0/45/45*/0*]2S. The asterisk refers to a ply that is 

flipped.  

2.2 Thermo-cycling 

Prior to thermal cycling, two specimens of Laminate 

A and three of Laminate B were polished on one 

edge as shown in Figure 1. Those samples were 

cycled with others samples from Laminates A and B. 

The others samples were used to determine the 

damage state inside the laminates. 

Thermal cycling was performed in an environmental 

chamber. As shown in Figure 2, the thermal cycle 

starts at room temperature. The chamber temperature 

increases to 145 °C with an average rate of 13 

°C/min. 

Laminate B 

Laminate A 

0° 90° 

0° 90° 

45° 

Fig. 1 Polished edges of laminates A and B 

Polished  

edge 
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Once the temperature reaches 145°C, it stays there 

for ten minutes. Then, the temperature decreases to -

170°C with an average rate of 19°C/min. After 10 

minutes, at -170°C, the temperature goes back to 

room temperature and the cycle starts again. During 

the thermal cycles, the humidity is kept under 10%.  

The number of cycles for each series of thermal 

cycles was predetermined and all of the polished 

samples were observed using an optical microscope 

after each series. At the end, 160 thermal cycles 

were performed on the samples. 

 

2.3 Microscopic observation of damage on edges 

The polished edges of the five specimens shown in 

Figure 1 were observed after each series of cycles. 

As shown in Figure 3, two types of damage were 

visible: transverse microcracks and debonding 

between the fibers and the matrix on the perimeter of 

the yarn. Both types of damage were quantified on 

an area of one centimeter-long by the thickness of 

the laminate after each series of cycles, in order to 

establish the evolution of damage according to the 

number of cycles performed.  

 

Matrix transverse cracks 

 

Figures 4 and 5 present the evolution of the number 

of transverse cracks with the number of thermal 

cycles for the five specimens. The number of 

microcracks was established in the following 

manner. A crack was counted as one when its length 

was about one yarn thickness. 

 When the crack length was about half the yarn 

thickness, it was counted as ½. When the crack 

length was less than half the yarn thickness, it was 

not accounted for. 

 

The number of cracks has been quantified in the 

outer and in the inner plies. The sum of the two 

numbers gives the total number of cracks in the 

observed section. The outer plies are defined as the 

first and last plies for Laminate A. For Laminate B, 

they are defined as the first and last three plies.  

 

In the 0
o
-direction of laminate A (Figure 4a), 

transverse cracks initiate after only one cycle. The 

number of cracks keeps increasing with the number 

of cycles. However, the number of cracks in the 

outer plies seems to reach a plateau around 20 

cycles. After 20 cycles, damage continues growing 

but it is essentially in the inner layers of the 

laminate.  

 

Similar results are obtained for the 90
o
-direction of 

Laminate A as observed in Figure 4b. However, the 

extent of microcracking is much more severe that in 

the 0
o
-direction. After 160 cycles, the number of 

cracks is about twice the number of cracks in the 0
o
-

direction.  

 

Figure 5 shows the results obtained for Laminate B 

along the 0o-, 90o-, and 45o- directions. Cracks 

initiate after only a few cycles and continue 

appearing and growing after 160 cycles in the inner 

and outer plies. The extent of microcracks is more 

severe in the outer plies than in the inner plies. It is 

also more severe in the 0
o
-direction than in the 90

o
- 

and 45o- directions.  

 

Matrix-yarn debonding 

 

Interfacial debonding between the fibers and the 

matrix was studied for the five specimens. 

Fig. 3 Microscopic observation of damage in the 

laminate 
Fig. 2 Thermal cycle definition 
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Only debonding of the yarns perpendicular to the 

observed section are visible on the micrographs. The 

extent of debonding was evaluated using the 

following methodology. The number of yarns 

perpendicular to the section was counted over the 

observed area (1 cm x laminate thickness). After 

each series of cycles, the number of yarns subjected 

to debonding was determined and the extent of 

debonding of each yarn was evaluated in percentage. 

Finally, the number of damaged yarns was divided 

by the total number of yarns to obtain a percentage 

of damaged yarns. Since the interfacial debonding 

evolution was observed to be similar through the 

laminate thickness, no distinction is made in the 

results between the outer plies and in the inner plies. 

 

Figures 6 and 7 present the evolution of the 

percentage of damaged yarns with the number of 

thermal cycles for the five specimens. Four levels of 

debonding extent are presented: 25%, 50%, 75% and 

100%. Debonding extent starts to be rated when a 

quarter of the yarn perimeter is debonded from the 

matrix. This corresponds to a level of 25%. 

 

As interfacial debonding grows and reaches half of 

the yarn perimeter, debonding extent is rated as 

being 50%. The damaged yarn is however not 

deducted from the 25% level. The same calculation 

is done as debonding extent reaches 75% and 100%. 

Therefore, a yarn which is entirely debonded is 

accounted at four levels, i.e., 100%, 75%, 50% and 

25%. The calculation method allows having data 

points that keep on increasing for each debonding 

level extent. That way, it is easier to follow 

interfacial debonding growth.  
 

 

 

Fig. 5 Development of microcracks in Laminate B as 

a function of thermal cycles number: a) along the 0°-

direction, b) along the 90°-direction, c) along the 

45°-direction 
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Fig. 4 Development of microcracks in Laminate A as 

a function of thermal cycles number: a) along the 0°-

direction, b) along the 90°-direction 
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The total number of yarns that present some 

interfacial debonding, regardless of the extent and 

that have been counted, is also represented in the 

figures.  

 

For Laminate A, the percentage of yarns subjected to 

interfacial debonding is shown in Figure 6. 

Interfacial debonding initiates after one cycle and 

grows very rapidly. 

 

Along the 0
o
-direction (Fig. 6a), after only one cycle 

68% of the yarns are subjected to some interfacial 

debonding, but the extent is limited. Only about 11% 

of the yarns are debonded over 50% of their 

perimeter. After 50 cycles, 100% of the yarns 

exhibit interfacial debonding, but the extent varies 

from a few fibers to the entire yarn perimeter. About 

83% of the yarns are debonded over at least 25% of 

their perimeter. After 160 cycles, about 93% of the 

yarns are debonded over at least 25% of their 

perimeter and about 5% are entirely debonded. 

 

Along the 90
o
-direction (Fig. 6b), after only one 

cycle, 60% of the yarns are subjected to some 

interfacial debonding, but the extent is limited. Only 

about 7% of the yarns are debonded over 50% of 

their perimeter. After 40 cycles, 100% of the yarns 

exhibit interfacial debonding, but the extent varies 

from a few fibers to the entire yarn perimeter. About 

90% of the yarns are debonded over at least 25% of 

their perimeter. After 160 cycles, about 97% of the 

yarns are debonded over at least 25% of their 

perimeter and about 9% are entirely debonded.  

 

For Laminate B, the percentage of yarns subjected to 

interfacial debonding is shown in Figure 7. As for 

Laminate A, interfacial debonding initiates during 

the first cycle and grows very rapidly.  

 

Along the 0o-direction (Fig. 7a), 46% of the yarns 

show some interfacial debonding after one cycle. 

The number increases to 98% after 50 cycles. 

Among them, about 60% have debonding over at 

least 25% of the perimeter. After 160 cycles, about 

78% of the yarns are debonded over at least 25% of 

their perimeter and about 1.3% of them are entirely 

debonded.  

 

Along the 90o-direction (Fig. 7b), 30% of the yarns 

show some interfacial debonding after one cycle. 

The number increases to 96% after 50 cycles. 

Among them, about 44% show debonding over at 

least 25% of the perimeter. After 160 cycles, about 

74% of the yarns are debonded over at least 25% of 

their perimeter, but no yarn is entirely debonded. 

 

Along the 45o-direction (Fig. 7c), about 24% of the 

yarns show some interfacial debonding after one 

cycle. The number increases to 100% after 50 

cycles. Among them, about 73% have debonding 

over at least 25% of the perimeter. After 160 cycles, 

about 87% of the yarns are debonded over at least 

25% of their perimeter, but no yarn is entirely 

debonded.  

 

Discussion 

 

Laminate A and Laminate B both show microcracks 

and interfacial debonding on the external edges after 

only one thermal cycle. However, the microcracks 

are more abundant in the cross-ply laminate than in 

the quasi-isotropic laminate.  

 

Fig. 6 Development of fiber-matrix debonding in 

Laminate A as a function of thermal cycles number:  

a) Along the 0
o
-direction, b) Along the 90

o
-direction 
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EFFECT OF EXTREME TEMPERATURE CYCLES ON DAMAGE IN 

COMPOSITE LAMINATES 

Debonding is quite predominant for both laminates. 

After 50 cycles, almost all yarns in the area of 

observation are partially touched.  

 

2.4 Damage in the laminate 
 

Many studies have demonstrated that damage 

observed inside the specimen is not necessarily the 

same on the edges. 

 

 

 Therefore, the investigation of damage inside the 

specimen is an important part in determining the 

laminate damage state.  

 

Methodology 

 

Samples of Laminates A and B were cycled 160 

times. They were then embedded in resin, cut and 

polished. Although cutting the embedded specimen 

with a saw may induce damage on the surface of the 

cut cross-section, it is completely removed by 

polishing. The cut was made in the middle of the 

specimen as shown in Figure 8. The area of 

observation is at a distance of 12.5 mm from the 

edge. Microscopic observations are made along the 

0o-direction of the laminate.  

 

Result for Laminate A 

 

Figure 9 shows a micrograph of the cut cross-section 

of Laminate A after 160 cycles. There are numerous 

transverse microcracks in the inner and outer plies. 

However, interfacial debonding is not visible as it 

was the case on the laminate edges.  

Figure 10 shows a comparison between the number 

of microcracks on the edge and in the middle of the 

specimen for Laminate A. The number of 

microcracks decreases to approximately half of the 

quantity observed on the edge. The diminution is 

more important for the inner plies than for the outer 

plies. The number of cracks decreases from 71 on 

the edge to 35.5 in the middle for the inner plies. For 

the outer plies, the number decreases from 90 on the 

edge to 55.5 in the middle. Although the number of 

microcraks has decreased, this damage mode is still 

very present in the laminate.  

 

 

12.5 mm  

Observed cut 

 

Observed edges  

0° 

90° 

Fig. 8 Area of microscopic observations for 

Laminates A and B 

Fig. 7 Development of fiber-matrix debonding in 

Laminate B as a function of thermal cycles number:   

a) along the 0°-direction, b) along the 90°-direction,  

c) along the 45°-direction  
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Result for Laminate B 

 

As for Laminate A, the microscopic images of 

Laminate B show transverse cracks but no 

debonding between the fiber and the matrix. 

However, for Laminate B, there is a significant 

difference between the observations on the edge and 

the observations on the middle cross-section of the 

specimen. The total number of microcracks observed 

on the edge is 116.5 in comparison with 15.5 on the 

middle cross-section of the specimen as shown in 

Figure 11. The most significant difference is for the 

outer plies. The number of microcraks observed 

decreases from 79 on the edge to 8.5 in the middle.  

 

2.5 Edge effects 
 

The microscopic observations in the middle of the 

sample show no interfacial debonding, which tends 

to demonstrate that interfacial debonding seen on the 

edge of the samples is mainly due to edge effect 

phenomenon.  Edge effects are therefore studied in 

this section. 

 

Methodology 

 

In order to validate this hypothesis, a sample of 

Laminate A was used. The sample was polished 

before being cycled up to 160 thermal cycles. 

Microscopic observations were done on the edge of 

the sample along the 0o-direction. The sample was 

polished a second time on the same edge to remove 

approximately 0.2 mm of material and the edge was 

observed again with a microscope. 

 

 

 The sample was polished further to be 1 mm away 

from the initial external edge. Microscopic 

observations were performed another time. Those 

observations were made qualitatively in order to 

evaluate the presence of interfacial debonding away 

from the edge of the specimen and the evolution of 

transverse cracks.  
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Laminate A on the edge and in the middle of the 
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EFFECT OF EXTREME TEMPERATURE CYCLES ON DAMAGE IN 

COMPOSITE LAMINATES 

Results  

 

Figure 12 shows a micrograph of the laminate 

external edge (a) and a micrograph of a cross-section 

0.2 mm away from the laminate edge (b). A 

comparison of the two micrographs allows studying 

the evolution of the damage state in the specimen. 

 

It can be observed that the microcracks present in (a) 

are still visible in (b).  The microcracks have 

propagated inside the laminate. Interfacial 

debonding is clearly visible in Figure 12a but is not 

visible anymore after removing 0.2 mm of material 

(Figure 12b).  

 

One millimeter away from the edge, the damage 

state is similar to the one observed 0.2 mm away 

from the edge.  No interfacial debonding is present 

but a large number of transverse microcracks are 

still visible in the inner and outer plies.  

 

3. Conclusions 
 

In this study, damage induced by thermal cycling in 

laminates reinforced with a five-harness carbon fiber 

satin weave textile and impregnated with cyanate 

ester resin was investigated.  

 

Two stacking sequences were studied: Laminate A 

[0/0*/0/0*]S and Laminate B [0/45/45*/0*]2S. The 

asterisk refers to a ply that is flipped.  

Microscopic observations were used to evaluate the 

damage state of the laminate first on the external 

edges and then in the middle.  

On the external edges, two types of damage were 

visible, i.e., microcracks and interfacial debonding. 

Both types of damage appear after one cycle and 

increase quite rapidly. Microcracks in the outer plies 

grow faster than in the inner plies. After about 50 

cycles, all yarns are subjected to interfacial 

debonding which extent varies from a few fibers to a 

complete yarn perimeter. 

In the middle of the samples, damage was observed 

to be quite different from the external edges. 

Microcracks were not as abundant, especially for the 

quasi-isotropic laminate. Interfacial debonding was 

not visible anymore. This damage mode seems to be 

due to edge effects. 

 

To explore this hypothesis further, a sample which 

had been polished on the edge and subjected to 160 

thermal cycles was polished further to remove more 

material. The micrographs showed that only 

microcracks were visible at 0.2 mm away from the 

external edge. This observation reinforces the 

assumption that interfacial debonding is caused by 

edge effects. 

 

In order to fully determine the damage state of 

Laminates A and B after 160 cycles, the evolution of 

transverse microcracks will be study through the 

width of the laminates. The numbers of microcracks 

will be evaluated at specific distances from the edge 

until the full coverage of the specimen will be done.  

 

Once the evolution of the damage state is 

determined in Laminates A and B, the next step is to 

evaluate the influence of those damages on the 

mechanical behavior of both laminates. Tensile tests, 

in-plane shear tests and in-plane thermal expansion 

tests will be conducted.  Short beam shear tests will 

also be performed to characterize the evolution of 

interlaminar shear strength.  

 

 

 

(a) Damage state on the edge of the specimen 

Fig. 12 : Damage state of Laminate A after 160 

cycles: edge effect study 

(b) Damage state 0.2 mm away from the specimen 

edge 
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1 Abstract   

A composite tube bending test setup simulating pure 

bending condition has been developed to study 

bending and buckling behavior of composite conical 

shells under bending load. A 48-inch long 

thermoplastic composite cone made using automated 

fiber placement technique (AFP) was tested under 

bending load. Applied loads were measured using 

two independent load cells and then converted to 

bending moments. Experimental critical buckling 

moment was compared with the theoretical one and 

a very good agreement was obtained.  

 

2 Manufacturing 

The test specimen is a section of a helicopter 

tailboom (conical shape) and is a replacement part 

for the aluminum counterpart.  It was made out of 

advanced thermoplastic composite material which 

has carbon fiber as reinforcement and Polyether 

ether ketone (PEEK) as matrix. The commercial 

name of the material is AS4/APC-2 from Cytec 

Engineered Materials and it was supplied as a slit 

tape with 0.25in width. The specimen was made at 

the Aerospace Manufacturing Technology Centre 

(AMTC) in Montreal using a 6-axis gantry-type AFP 

machine supplied by ADC Company (Figure 1). It is 

equipped with a thermoplastic head which accepts 

one tow at the time and has nitrogen Hot Gas Torch 

(HGT) as heating system. The mandrel used for 

manufacturing was a steel tool with internal heating 

system, and a temperature controller was used to 

maintain the tool temperature around 200C. 

In order to achieve good in-situ consolidation, 

optimum process parameters were selected based on 

the results of modal analysis (stiffness criterion) and 

interlaminar shear strength test (strength criterion) 

obtained in [1] and [2]. The process parameters used 

in manufacturing of the thermoplastic composite 

cone are listed in Table 1. The layup sequence and 

dimensionless parameters of the specimen is 

tabulated in Table 2. Figure 1 shows the AFP 

machine laying down a 45 layer.  

Table 1: AFP process parameters used in 

manufacturing of the thermoplastic composite cone 

Torch temperature 925°C 

Compaction force 40 Kg 

Nitrogen flow rate 75 SLPM 

Processing speed 50.8 mm/s 

 

 

Figure 1: 6-axis AFP machine with steel mandrel 

(Courtesy of National Research Council Canada) 

Table 2: Layup and dimensionless parameters of the 

thermoplastic composite cone* 

Layup sequence [90/±45/0/±45/0/±45/0]s 

Length/Large radius 6.4 

Large radius/Total thickness 93.75 

Semi-cone angle range (α) 1°- 3° 
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*Real dimensions and the specific cone angle are not 

provided for the sake of confidentiality 

 

3 Tube Bending Test Setup 

Bending moment is the dominant load on cylindrical 

and conical shells in many applications (e.g., 

helicopter tail boom) and buckling due to bending is 

the main failure concern for these structures. 

However, experimental setups to study bending and 

buckling behavior of cylindrical and conical shells 

under pure bending load are rare. Moreover, 

experimental results for buckling of composite 

conical shells under bending are non-existent to the 

best of authors’ knowledge. Only two experimental 

setups to study cylindrical shells under pure bending 

have been found in the literature. The first one was 

developed by Fuchs, Hyer and Starnes [3] and 

sponsored by NASA Langley-Virginia Polytechnic 

Institute in 1992. Their investigation was limited to 

cylindrical shells. The second setup developed, more 

recently, in 2009 by Blom et al. [4]. They made a 

bending fixture installed on a MTS test bench which 

provides the loading power. The study was limited 

to a composite cylinder as well. 

In order to study bending and buckling due to 

bending behavior of conical shells, a setup has been 

designed, manufactured and installed at Concordia 

Centre for Composites (CONCOM) laboratory. The 

setup shown in Figure 2 is composed of three main 

units including structural components, loading unit, 

and instrumentation. The structural components will 

be discussed in detail in upcoming sections.  

The load is created by two hydraulic cylinders and 

converted to bending moment through the arms 

connecting the hydraulic cylinders to the main 

assembly. This bending moment, then, is transferred 

to the test specimen using a set of plates and rings. 

There are two mechanisms which transferred the 

load to the specimen: first, a series of radial bolts is 

inserted between the inner and outer ring and passes 

through the test specimen on the tension side. These 

bolts help to prevent the sample from slipping out of 

the rings during the test. Second, the specimen is 

potted with Low Melting Point Alloy (LMPA) 

which keeps the sample firm between the inner and 

outer ring and transfer the load smoothly to the 

specimen skin. LMPA is a Bismuth alloy which has 

a melting point of 75 degree of Celsius and can be 

melted easily and potted around the specimen. 

 

 

Figure 2: Composite tube bending test setup: 1- 

Hydraulic cylinders, 2- Test specimen, 3- Reaction 

frame, 4- Moment Arm assembly 

The loading unit has been designed in such a way to 

assure applying equal bending moment on both sides 

of the sample, even when the sample is not 

symmetric (i.e., conical shells).  

Regarding the instrumentation, the tube bending test 

setup has been equipped with four digital cameras to 

measure full field strains and deformations using 

digital image correlation technique (DIC). Strain 

gauges were also installed to cover the test area 

which was not covered by DIC cameras.  

The setup is able to handle samples with different 

lengths between 30 to 48 inches (adjustable length) 

and samples with different cross section shapes and 

dimensions from 1 to 33 inches. 

 

 

 

1 
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BENDING TEST OF THERMOPLASTIC COMPOSITE CONE   

3.1 Structural components  

The structural parts of the set up are shown in Figure 

3 and the description of its components comes after.   

 

Figure 3: Structural parts of the bending test setup: 1- 

Moment Arm assembly, 2- Adaptor Plate, 3- inner and 

outer ring, 4- Vertical Support, 5- Reaction Frame, 6- 

Pivot Bracket, 7- Installation Spacer Beam 

Moment Arm and Back-plate 

The Moment Arm is the component that converts the 

vertical force generated in hydraulic cylinder to the 

moment, which is then transferred to the sample. It 

is composed of two plates held together with 

brackets to better distribute the load across the Back-

plate. In order to display the connecting plates, one 

of the plates is shown as transparent in Figure 4. The 

Moment Arm is pinned from one side to the clevis 

joint of the hydraulic cylinder and bolted to the 

Back-plate on the other side using tapped holes in 

the Moment Arm and counter bored holes in the 

corresponding locations on the Back-plate. The 

selection of bolts to fasten the Moment Arm to the 

Back-plate rather than welding was because welds 

would cause warping of the Back-plate. This 

warping could prevent the Adapter Plate from 

resting flush against the Back-plate surface. 

The Back-plate is a 1.5-in thick plate which transfers 

the load from the Moment Arm to the Adaptor plate 

uniformly. It has 33 inches height and 51 inches 

length which determines the cross section size 

limitation of the sample that can be tested by the 

setup.   

 

 

Figure 4: Moment Arm 

Adaptor Plate 

The concept of adding an Adaptor Plate enables the 

setup to accommodate different sample geometrical 

shapes by using an appropriate set of Adaptor Plates. 

Another purpose of having the Adapter Plate is to 

ease installation and removal of the specimen once it 

has been fixed to the rings. Since the Back-plates are 

heavy and large, the use of smaller Adapter Plates 

allows easier manipulation of the sample once 

mounted between inner and outer rings. It also 

prevents the Low Melting Point Alloy (LMPA) from 

flowing out from between the rings. Using the 

Adapter Plate, the Back-plate has less bolt holes and 

consequently has more structural rigidity. 

 

Vertical Support and Pivot Bracket 

The Vertical Support is the component which 

supports the axis of rotation of the Back-plate. It is 

bolted from the bottom to the Reaction Frame and 

pinned from the top to the Pivot Bracket. The 

Vertical Supports are the links which transfer the 

load to the Reaction Frame and they are under high 

tension load during the test. The setup has four 

Vertical Supports of which two of them are affixed 

on the one side and the other two are movable and 

can be adjusted for different sample lengths. 

The Pivot Bracket is the connecting part between the 

Back-plate and the Vertical Support. It is designed in 

such a way that the axis of rotation of the setup is 

where the test specimen comes into contact with the 

Adaptor Plate. This way the entire test specimen 

(including the clamped ends) would be under 

bending load.  
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Due to high shear load (combination of torsion and 

transverse shear) on the Pivot Bracket, it is 

connected by four ¾-inch diameter shear pins to the 

Back-plate. Since it is also under bending, four 0.5-

inch bolts are used to connect it to the Back-plate 

and to withstand this bending load. Welding is 

avoided because of possible warping that can occur 

on the Back-plate. 

 

Inner and outer ring 

The test specimen seats between two rings, called 

inner and outer ring. The bending load is transferred 

to the Low Melting Point Alloy (LMPA) through 

these two rings and then applied to the specimen. A 

cross section view of the rings and specimen is 

shown in Figure 5. The outer ring has one step 

toward the inside and the inner ring also has one step 

toward the outside. These two steps provide a self-

locking mechanism and prevent the test specimen 

from sliding out of the rings during the test by 

getting benefit of the LMPA shear strength. 

 

Figure 5: Cross-section of the rings: 1- outer ring, 2- 

inner ring, 3- specimen 

The inner ring is bolted to the Adapter Plate while 

the outer ring is bolted to both the Adapter Plate and 

the Back-plate. The outer ring has radial holes which 

allow for cross bolts to pass through the specimen 

and to be tightened to the radial bolt holes in the 

inner ring. 

There is also a mechanism for centering the test 

specimen between two rings during installation 

which is basically three set screws mounted at 120 

degree intervals.  

Installation Spacer Beams 

The test specimen is, first, installed on the rings and 

Adaptor Plates on the floor and then the assembly is 

installed on the setup. In order to make sure that the 

two Adaptor Plates attached to two ends of the 

specimen are parallel, Installation Spacer Beams 

have been designed to give the assembly structural 

integrity on the floor. Another important function of 

the Spacer Beams is to prevent the specimen from 

any unwanted pre-loading that may occur during 

installation and manipulation on floor.  

Installation Spacer Beams are basically four I-

beams, two of which are installed on the top of the 

assembly and are connected by two plates. The other 

two I-beams are installed on the bottom of the 

assembly (Figure 6).  

 

Figure 6: Installation Spacer Beams inside the 

assembly 

Reaction Frame 

Due to the high magnitude of the load and weakness 

of the concrete floor in tension, a Reaction Frame 

composed of five I-beam has been designed. The 

closed shape of the Reaction Frame (Figure 7) 

makes all the reaction forces stay on the frame and 

not to be transferred to the floor. So the only load 

acted on the concrete floor would be the weight of 

the setup which would be in compression and easily 

withstood by the floor.  

Furthermore, the use of I-beams allows the frame to 

withstand the large moments and forces created by 

the application of the load. There are two 

longitudinal and three cross I-beams in the Reaction 

Frame. The longitudinal I-beams have been designed 

with slots on one end to allow the adjustment of 

cross I-beams when tests are being done on 
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BENDING TEST OF THERMOPLASTIC COMPOSITE CONE   

specimens of different lengths. The reason for 

having three cross I-beams rather than two is to keep 

the structural integrity of the frame (perpendicularity 

and parallelism) while moving one of the cross I-

beams to adjust the setup length. 

 

Figure 7: Reaction Frame 

4 Preparation of the sample for bending-buckling 

test 

In order to prepare the thermoplastic composite cone 

for bending-buckling test, the following steps were 

taken: 

4.1 Manufacturing end tabs 

In bending-buckling test, the bending moment is 

applied to both ends of the test specimen. Two ends 

of the specimen are located inside the inner and 

outer rings and the load is transferred to the 

circumference of the specimen. In order to prevent 

the failure from happening inside the rings where it 

cannot be detected and be seen by cameras, extra 

layers of composite were added to the end of the 

thermoplastic composite cone. These layers were 

built in a stepwise manner, i.e., more layers were 

added at the end of the specimen and as it moved 

toward the center of the specimen, some layers were 

dropped until there was no extra layer. This would 

ensure smooth transition of the load to the specimen 

skin.  

Furthermore, three composite rings were also 

manufactured at each end of the thermoplastic 

composite cone (Figure 8). The purpose of having 

these rings is to create a self-locking mechanism that 

prevents the specimen from sliding out of the ring 

during the test. Basically, the LMPA is entrapped 

between these rings and the steps made on the inner 

and outer rings and stop the tension side of the 

specimen from slippage during the test. 

 

Figure 8: Tabs and rings manufactured by AFP on the 

thermoplastic composite cone 

4.2 Applying random pattern 

Since the Digital Image Correlation (DIC) system 

was to be used for deformation and strain 

measurement, the surface of the specimen should 

have enough texture to be recognizable by cameras. 

The surface of the thermoplastic composite cone was 

fairly black after manufacturing and did not have 

enough texture. So, to have maximum contrast, a 

white random pattern was applied on the surface of 

the thermoplastic composite cone using permanent 

markers.  

 

4.3 Drilling radial holes 

A series of radial cross bolts was designed to pass 

through the outer ring, test specimen and the inner 

ring. This would help the LMPA to prevent the test 

specimen from sliding out the rings during the test in 

tension side. In order to install these bolts, both ends 

of the thermoplastic composite cone were drilled by 

radial holes while it was fixed between the rings. 

These holes were drilled only on the tension side of 

the specimen as there was no concern of sliding on 

the compression side. 

4.4 Applying strain gages 

Twenty two strain gages were attached to the surface 

of the thermoplastic composite cone in 13 locations. 

The strain gage pattern, shown in Figure 9 , was 

designed in such a way to have minimum 

interference with Digital Image Correlation system. 

The majority of strain gages were oriented axially 

ICCM19 6160



(11 gages) while 8 strain gages were placed 

circumferentially and three gages were oriented at 

45°. At three locations (i.e., mid-length and close to 

small end on tension side and close to small end on 

the compression side) three-arm rosette strain gages 

were placed which made it possible to read axial, 

circumferential and shear strain at these locations. 

 

Figure 9: Strain gage pattern applied on the 

thermoplastic composite cone 

Digital Image Correlation system (DIC) also was 

used to measure in-plane strains and out-of-plane 

deformation using two pairs of cameras (total four 

cameras). This measurement covered top surface 

(which was in compression) and side surface of the 

specimen.  

 

4.5 Potting with LMPA and making the assembly  

In order to pot the thermoplastic composite cone end 

into the space between the inner and outer ring using 

a Low Melting Point Alloy (LMPA), first the rings 

were mounted to the Adaptor Plate and then the 

assembly was put on a hot plate for several hours to 

reach about 100°C. The specimen was centered 

between the rings and while some LMPA was 

melting on the Adapter Plate (which was on the hot 

plate), some other amount of LMPA was melted in a 

separate pot and then poured around the 

circumference of the specimen in between the two 

rings (Figure 10). Once the one side of the specimen 

was potted, Installation Spacer Beams were installed 

and the assembly was rotated 180° on the hot plate 

and the same procedure was taken for the other end 

of the specimen.  

 

Figure 10: Potting the specimen between the ring 

using LMPA: 1- LMPA, 2- radial cross bolts, 3- outer 

ring, 4- Installation Spacer Beam, 5- specimen 

 The assembly after potting procedure and installing 

the Installation Spacer Beams was brought to the 

setup using a gantry crane and mounted to Back-

plates. The last step was to remove the Installation 

Spacer Beams from the bending test setup. 

 

5 Bending-buckling experimental results 

After calibrating the cameras and connecting all the 

gages to the data acquisition system, the test was 

started and the load kept increasing until a loud 

sound was heard and the load dropped drastically. 

The buckling due to bending occurred and led to 

final failure. A visible crack was observed on the top 

surface and near the small end of the thermoplastic 

composite cone (after tabs) as expected. The crack 

extended around the circumference of the cone. 

Looking at the failure section, one could clearly see 

the fiber and matrix breakage (see Figure 11). It was 

seen, also, that no slippage occurred between the 

specimen and the rings on the tension side, 

suggesting that the LMPA and cross bolts perfectly 

fulfilled their roles. The deformation, strain, and 

load results obtained are presented and discussed in 

the following sections. 

 

Figure 11: Failure section of the composite cone 
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5.1 Deformation results (DIC system) 

The contour plot of axial deformation (U) of the 

thermoplastic composite cone (top view) just prior to 

buckling is shown in Figure 12. As it can be 

expected, the small end and the large end of the 

specimen (right side) moved toward one another 

during the bending test and the top surface was 

contracted. As a result, the axial deformation of the 

small end (right side in Figure 12) was negative 

while the axial deformation of the large end (left 

side in Figure 12) was positive and the axial 

deformation was zero somewhere in between. The 

axial deformation pattern looks quite symmetric 

about the mid-plane and has a maximum magnitude 

of about 1.6 millimeter in the gage area, near the big 

end.   

 

Figure 12: Axial deformation (U) contour plot 

obtained by DIC system (top view) 

The contour plot of circumferential deformation (V) 

of the thermoplastic composite cone (top view) just 

prior to buckling is shown in Figure 13. It can be 

seen form Figure 13 that since the top surface of the 

specimen was under compression and consequently 

contracted in axial direction, it was expanded in the 

circumferential direction (Poisson effect). Figure 13 

shows more deformation concentration close to the 

small end of the specimen where the failure 

happened. 

 

Figure 13: Circumferential deformation (V) contour 

plot obtained by DIC system (top view) 

The out-of-plane deformation of the specimen (top 

view) is shown in Figure 14 just prior to failure. As 

one can expect, the maximum deflection happened 

near the middle of the specimen (toward the small 

end) while the deflection decreased toward both 

ends. The maximum top surface deflection was 

recorded to be about 5 millimeters. 

 

Figure 14: Out-of-plane deformation (W) contour plot 

obtained by DIC system (top view) 

The contour plot of circumferential deformation (V) 

of the thermoplastic composite cone (side view) 

prior and after failure is shown in Figure 15. The 

maximum side surface deflection of 4.68 millimeter 

occurred at the middle of the specimen. Figure 5.32 

also shows quite a symmetric deflection pattern prior 
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to the failure. After failure, the location of the 

maximum deflection moved from the middle to the 

location of the failure where the crack separated the 

top surface of the specimen. Although the specimen 

was ruptured at the top (where the failure happened) 

under compression load, the bottom surface of the 

specimen which was under tension was not ruptured 

completely and showed some resistance even after 

the failure. 

 

Figure 15: Prior and after failure circumferential 

deformation (V) contour plot obtained by DIC system 

(side view) 

5.2 Strain results (DIC system) 

The axial strain obtained by two cameras looking at 

the top surface of the thermoplastic composite cone 

is shown in Figure 16. As can be seen from this 

figure, prior to failure, the whole top surface was 

under compression (negative strain) with the 

maximum strain of 7100 microstrain near the small 

end of the cone. The axial strain was not uniformly 

distributed on both ends of the specimen and more 

strain concentration could be seen at the small end. 

This was expected since the small end had less 

stiffness in comparison with the large end of the 

thermoplastic composite cone. From the axial strain 

distribution prior to buckling, one can predict the 

possible location of failure based on axial strain 

accumulation near the small end (see after failure 

image, Figure 16).   

 

 

Figure 16: Prior and after failure axial strain (εxx) 

contour plot obtained by DIC system (top view) 

 

5.3 Strain gages’ results 

Twenty two strain gages (numbered from 1 to 22) 

were installed according to pattern shown in Figure 

9. The axial strains recorded by gage 1 on the 

compression side and gage 13 on the tension side are 

shown in Figure 17.  Both gages were located at the 

same section near the small end (see Figure 9). As 

can be seen from Figure 17, both axial strain graphs 

are symmetric about horizontal axis prior to the 

buckling. This behavior is well-known from 

classical beam bending theory in which the axial 

strain is proportional to the distance of the point 

from the neutral axis. Close to the point that 

buckling occurred, gage 1, which was located near 

the failure point, exhibited nonlinear strain behavior 

which could be interpreted as the start of the failure.  

After buckling occurred and the specimen failed, the 

strain at the compression side (gage 1) dropped 

almost to zero while gage 13 which was located at 

the tension side dropped first to about 2300 

microstrain and then increased again to about 4000 

microstrain. This could be attributed to the fact that 

while the compression side fell apart due the severe 

crack, the tension side still was bearing some load. 
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Figure 17: Axial strain at gage 1 and gage 13 

Figure 18 shows the axial strain graphs for gage 10, 

gage 11, and gage 12 which were located at small 

end, mid-length, and large end, respectively. 

Although these three strain gages had the same 

distance from the neutral axis, but they were placed 

at different length location (see Figure 9) so that one 

can see the axial strain distribution over the length of 

the specimen. As one can see from Figure 18, prior 

to buckling, gage 10 (which is place at small end) 

had the highest value at all time. Gage 11 (which 

was located at the mid-length of the cone) showed 

about 23% decrease in axial strain with respect to 

gage 10. Gage 12, which was placed at the large end, 

measured the axial strain by about 18% less than 

gage 11. This trend is logical since as one moves to 

larger section, stiffness increases and consequently, 

axial strain decreases. After failure occurred, the 

mentioned trend reversed; that is gage 12 recorded 

highest axial strain, gage 11 was at the second high 

value, and finally gage 10 showed lowest axial 

strains. This inverse trend could be explained by the 

fact that failure occurred at the small end and as a 

result, the drastic drop was associated with gage 10 

(88% of value) while gage 12 which had the most 

distance from the failure location showed the least 

drop in strain value (70%). 

 

Figure 18: Axial strain at gages 10, 11 and 12 

Circumferential strains measured at small end of the 

specimen are shown in Figure 19. Strain gage 3, 6, 

and 15 were oriented in circumferential direction on 

the top surface (compression side), mid-plane 

(neutral axis), and bottom surface (tension side) of 

the cone, respectively (see Figure 9).  

Circumferential strain was almost zero at the neutral 

axis (gage 6), suggesting that no significant strain 

(and therefore stress) occurred at neutral axis as 

expected. Gage 3 located on the compression side of 

the specimen showed positive circumferential strain; 

that means although the top surface of the cone was 

under compression in axial direction, in the 

circumferential direction it was under tension all test 

time. On the other hand, gage 15, which was placed 

on the tension side of the cone, showed negative 

circumferential strain over test time, indicating that 

the bottom surface was under compression in 

circumferential direction (while was under tension in 

axial direction). As can be seen from Figure 19, 

strain graphs for gage 3 and 15 are symmetric about 

the horizontal axis and have quite linear trend except 

near the buckling point for gage 3 and after buckling 

occurred. 
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Figure 19: Circumferential strain at gages 3, 6 and 15 

5.4 Force results obtained from the load cells 

The graph of force versus time measured by two 

independent load cells is shown in Figure 20. Both 

load cells (right and left) recorded almost the same 

value for the force during the test that means the 

same moment was applied to both ends of the 

specimen. This was one the requirements in the 

design of the loading unit which was perfectly met. 

As can be seen from Figure 20, the load increases (in 

negative value) rapidly until 45 seconds passed from 

the test and reached to about 17500 lbf (critical 

load). After buckling occurred, the force measured 

by the left load cell, which was located at the small 

end of the specimen (close to failure section), 

decreased by 84% and the force measured by the 

right load cell decreased by 80%.  

 

Figure 20: Load versus time graphs for bending-

buckling test 

6 Experiment and Theory Comparison 

The applied moments on two ends of the specimen 

can be calculated from the force graphs (Figure 20) 

multiplied by the moment arm length. The results 

indicate a maximum moment of 402,052 lbf-in 

applied to the left side of the specimen and a 

maximum moment of 418,657 lbf-in applied to the 

right side of the thermoplastic composite cone prior 

to the buckling. So the experimental critical 

buckling moment of the thermoplastic composite 

cone would be the minimum of the above mentioned 

moment values which is 402,052 lbf-in. 

 

Theoretical buckling moment of the composite cone 

under pure bending load was calculated using a 

shear deformation shell theory developed in [5]. 

Trefftz criterion was used to derive stability 

equations and Ritz method was applied to solve 

them [5]. After some mathematical manipulations, 

the critical buckling moment was obtained from the 

following equation: 
   | |     

[ ]  {∬([ ] 〈[ ] [ ][ ]  [ ̂    ]〉[ ])     

  

}
 

(1) 

where [ ] [ ] [ ] and [ ̂    ] are matrices defined 

in [5] and are not presented here for the sake of 

saving space. 

Regarding the geometry, the tabs added to both ends 

of the specimen were not included in the analysis 

and consequently the gage area of the specimen was 

considered (which was the length between the end 

tabs). The dimensionless parameters and layup 

sequence used in theoretical analysis is shown in 

Table 3. The semi-cone angle is provided in a range 

as oppose to a specific value for the sake of 

confidentiality. Material properties of AS4/PEEK 

used in the theoretical analysis are listed in Table 4. 

Regarding the boundary condition, it was assumed 

that both ends of the thermoplastic composite cone 

were simply supported with axial degree of freedom 

allowed (S3-type).  
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Table 3: Dimensionless parameters and layup 

sequence of the specimen used in theoretical analysis* 

Layup sequence [90/±45/0/±45/0/±45/0]s 

Length/Large radius 4.13 

Large radius/Total thickness 90.87 

Semi-cone angle range (α) 1°- 3° 

*Real dimensions and the specific cone angle are not 

provided for the sake of confidentiality. 

Table 4: Material properties of AS4/PEEK used in 

buckling under bending analysis 

E11, psi (MPa) 15.34×10
6
 (105.765) 

E22, psi (MPa) 1.31×10
6
 (9.032) 

G12 = G13, psi (MPa) 0.44×10
6
 (3.033) 

G23, psi (MPa) 0.32×10
6
 (2.206) 

ν12= ν13 0.248 

ρ, lb/in
3
 (kg/m

3
) 0.0596 (1649.7) 

 

The result of theoretical analysis and experimental 

approach in term of dimensionless critical buckling 

moment are tabulated in Table 5 for comparison 

purposes. The dimensionless critical buckling 

moment is defined as 

 ̅   
    

 

        
       

 
(2) 

 

where     is the critical buckling moment,     is 

elastic modulus perpendicular to fiber direction,   is 

the total thickness of the laminate,    is semi-cone 

angle,     is the large radius and   is the length of 

the conical shell. 

The theoretical dimensionless buckling moment is 

provided for a range of semi-cone angle varying 

from 1° to 3°.Comparing the experimental 

dimensionless buckling moment with the theoretical 

one for the specific semi-cone angle of the 

thermoplastic composite cone, the difference less 

than 1% is achieved. 

Table 5: Theoretical and experimental dimensionless 

bucking moment of the thermoplastic composite 

(AS4/PEEK) cone 

 Experiment Theory (for        ) 

    3263.2 3380.1 - 2985.2 

 

7 Conclusions 

The thermoplastic composite cone made using AFP 

was tested on the unique pure bending test setup 

(which was designed and developed at Concordia 

Centre for Composites (CONCOM) laboratory) and 

critical buckling moments was obtained 

experimentally. This experimental critical buckling 

moment was then compared with the theoretical 

result obtained from theory developed in [5] and a 

very good agreement was observed. 
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1 Abstract  
 
The effect of constant and variable amplitude 
loading on the damage accumulation in [±45]2S 
angle-ply and [45]8 off-axis carbon-epoxy laminates 
has been investigated by monitoring the progressive 
strain changes and examining the related 
microstructure. The tests were conducted at a 
frequency of 10 Hz under stress control with stress 
ratios (R= min/max stress) of 0.1 and -1.0.  Variable 
amplitude fatigue tests at constant stress ratios and at 
variable stress ratios resulted in lifetimes greater 
than unity, compared to constant amplitude tests. 
 
2 Introduction  
 
Technical information regarding the cyclic damage 
performance of polymer matrix composites during 
stain rate and load fluctuations, as well as 
unexpected overloads, are important for designing 
structural applications. 
With this as the aim, the purpose of the present work 
is to apply a parameter that expresses the 
progressive matrix damage evolution in cyclically 
loaded carbon fibre epoxy composites. Once 
established, this parameter can be used to express 
and predict the total damage during constant and 
variable amplitude loading conditions. 
 
3 Experimental Procedure 
 
The experimental procedure involved conducting a 
series of tensile and fatigue tests on HTA (12K) 
carbon fibre (58%Vf) pre-impregnated 6376 epoxy 
samples. Table 1 lists the mechanical properties of 
the fibre, matrix and composites 

 
 
Table 1: Mechanical Properties of the Fibre, Matrix 
and Composite.  

Mechanical 
Properties 

Carbon 
Fibre  
HTA 
(12K) 

Epoxy 
6376 

Laminate 

[45]8 
Tension 

[±45]2S 
Tension 

E-Modulus 
[GPa] 

238 3.6 15.89 
±0.25 

21.24 
±0.46  

Strength 
[MPa] 

σuts 

3400 105 109.88 
±14.65 

188.37 
±2.40 

Ultimate 
Strain [%] 

1.4 3.1 0.90 
±0.20 

5.17 
±2.46 

Density [gcm-
3] 

1.78 1.31 1.58 1.58 

 
Flat test specimens, 180mm long, 16mm wide, 1mm 
thick were prepared from pre-impregnated plates 
stacked in a [±45]2S angle-ply or [45]8 off-axis 
configuration. For the angle-ply laminate the 
stacking order of the plies was [+45, -45, + 45,-45]s , 
with special care taken to ensure the correct fibre 
angle of all layers. 
Glass fibre/epoxy tabs 1mm thick were adhesively 
attached at the ends of the specimens to prevent any 
damage caused by the grips, reducing the free length 
to 100mm.  
 
All the mechanical testing was performed at room 
temperature on an Instron servo-hydraulic universal 
testing machine.  
The tensile and compression tests were carried out 
with a constant actuator speed of 2mm/min. Stress-
strain data was acquired from the load cell and strain 
gauges attached to the specimens.  
Compression tests were conducted using an anti- 
buckling guide consisting of two aluminum plates 
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bolted together on each side of the specimen with a 
reduced width of 10mm. Teflon slides were attached 
to the plates next to the specimens in order to reduce 
friction.  The tests were conducted with strain 
gauges adhesively attached. Static compression 
testing gave similar results to those recorded during 
tensile testing. 
Constant amplitude fatigue tests were conducted at a 
frequency of 10 Hz with a sinusoidal waveform. 
Stress ratios (R= minimum/maximum stress) of 0.1, 
and -1.0 were applied. The strains were measured 
using gauges and calibrated ram displacements. This 
allowed damage evolution to be monitored using the 
fatigue modulus, Ef, defined as the slope of the line 
connecting the origin of a stress-strain hysteresis 
loop to the maximum stress for a given cycle, N, as 
shown in Fig. 1 below. 
 

 
Fig.1. Cyclic stress- strain hysteresis loops 
 
Crack development was monitored by applying 
acetate replicas to the test specimen surface after a 
given number of cycles. The replicas were examined 
in a scanning electron microscope. In addition, the 
crack densities and lengths were measured. 
 
4. Results  
 
4.1 Tensile Tests 
 
The tensile stress-strain diagrams for the [±45]2S 
angle-ply and [45]8 off-axis composites are shown in 
Figure 2.   
Although there were the same number of plies in the 
[±45]2S and [45]8 laminates, the former displayed a 
higher elastic modulus and failure strain due to the 
stacking sequence. The angle-ply specimens 
sustained and recorded a larger strain, demonstrating  

 
Fig.2. Stress-strain curves for [±45]2S angle-ply and 

[45]8 off-axis composites 
 
the ability to undergo more displacement and 
damage, while maintaining a constant stress level.     
The interply layers allowed more matrix and fibre 
damage to accumulate due to load transfer and fibre 
alignment before final fracture occurred. This was 
particularly apparent in the greater strain to failure 
and higher ultimate strength, given in Table 1 above.  
Although matrix cracks initially formed in both lay-
ups the lack of damage tolerance due to fewer crack 
impediments in the [45]8 off-axis composite allowed 
major cracks to develop and propagate quickly. In 
contrast, the [±45]2S composite was able to absorb 
and sustain more damage in the individual plies due 
to inhomogeneous stress distribution in the matrix 
resulting in numerous non-propagating microcracks.  
With increasing stress the matrix deformed, 
orienting the fibres towards the loading direction, 
particularly in the angle-ply composite allowing 
more damage to accumulate. 
Petermann [1] observed the same behavior on cyclic 
testing the angle-ply composite.  
 
4.2 Fatigue Tests    
 
4.2.1 Constant Amplitude 
 
Off-Axis [45]8 Laminate 
 
Constant amplitude fatigue tests with a stress ratio 
R= 0.1 were initially conducted on the [45]8 off-axis 
laminate. The stress-cycles to failure data is given in 
Fig.3 below. 
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Fig.3. Constant amplitude fatigue [45]8 off-axis 

composite. R = 0.1 
 
The relationship between the maximum applied 
stress σmax and the number of cycles to failure Nf is 
expressed by, 
 
                      σmax= 97.05 - 7.55 logNf MPa        (1) 

 
This relation is in very good agreement with that 
recorded earlier by Sorensen [2] for the same 
composite. Normalizing Eq.1 with respect to the 
tensile strength of the composite gives, 
 

                    σmax/σuts = 0.95- 0.073logNf                   (2) 
 
Constant amplitude fatigue tests with stress ratio R= 
-1 were also carried out on a [45]20 off-axis laminate 
in addition to the [45]8 off-axis laminate. The 
resulting stress-cycles to failure darta are given by 
the relation, 
 
                    σmax = 123.3 – 11.9 log Nf MPa          (3) 
 
On normalizing this relationship with respect to 
tensile strength,   
 
                    σmax/σuts = 0.80- 0.078log Nf                       (4) 
 
Angle-Ply [±45]2S Laminate  
 
Constant amplitude fatigue tests were carried out on 
the angle-ply [±45]2S laminate with stress ratios of  

 
 
Fig.4. Constant amplitude S-N results [±45]2S . 
           R= 0.1 and R=- 1.0 
 
R= 0.1 and R= -1.0. The stress-cycles to failure data 
are shown in Fig.4 above. For these constant 
amplitude tests the relation between the maximum 
applied stress σmax and the number of cycles to 
failure Nf   is expressed by, 
 
       R=  0.1,σmax = 209.66-17.50 log Nf  MPa        (4)  
   
       R= -1.0,σmax = 164.20-19.02 logNf   MPa        (5)                       
 
In comparison to the off-axis test specimen results, 
the angle-ply specimens recorded significantly larger 
strains for a given stress, σf, demonstrating the 
ability of the angle-ply composite to absorb more 
energy and sustain more damage while maintaining 
the constant stress level.  
Normalizing Equations (4) and (5) with respect to 
the ultimate tensile strength of the angle-ply [±45]2S 
laminate gives, 
  
           R=0.1, σmax/σuts =1.26 -0.106 log Nf          (6) 

 
           R= -1, σmac/σuts =0.87 -0.099 log Nf                   (7) 
 
Fatigue Damage Development     
 
Throughout the fatigue life of each composite, 
damage developed in two main stages. The number, 
length, and distribution of the cracks were monitored 
and measured. 
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Fig.5. Development of shear cracks throughout the 

fatigue life for R= 0.1. 
 

Fig.5 above shows the number and length of shear 
cracks that formed and propagated throughout  
Stages I and II when cycling at stress ratio R= 0.1, 
representing evolution of the total fatigue damage 
taking place in these two main stages.  
Stage I and Stage II damage development are 
represented in Figs. 6 and 7. 
_________________________________________ 

 
 
 
Fig. 6.  Two stage fatigue damage development.      

In Stage I, on initial cycling a rapid increase in the 
damage occurred in the form of matrix shear 
cracking, as shown in Fig 5.  
The relationship between crack density and fatigue 
modulus (stiffness) in Stage I has been considered 
by several authors [3-5] using different approaches. 
Plumtree and Shen [6] described the initial matrix 
damage taking place in Stage I using an exponential 
fitting function in the form of the classic two 
parameter Weibull model and expressed the 
longitudinal component of the damage tensor DI for 
a given number of cycles, N by, 
 

                    DI = D1 {1-exp [-N/α]β}                  (8) 
 
where DI is the balance between the amount of 
damage and the applied stress at the characteristic 
damage state corresponding to the exhaustion of 
microcracking at the end of the first stage.  
For the angle-ply composite, the scale factor α, was 
found to be sensitive to cyclic stress, whereas β was 
approximately constant, with a value of unity.  
 
Hence Stage I damage can be expressed by,  
 
R = 0.1, D1=0.0033σ- 0.259,  α=10814- 69.29σ   (9)     
 
R = -1.0, D1=0.0014σ+0.048,α =21937-199.33σ (10) 
 

 
 
Fig.7. Fatigue damage development in [±45]2S angle-     

ply composite for 65 and 110MPa.  R= -1.0.   

ICCM19 6170



 

 

 

In the both the first and second stages, the amount of 
damage increased with cyclic stress as seen in Fig. 7 
above which follows the damage development 
throughout the life of the angle-ply [±45]2S 
composite at two stress levels of 65 and 110 MPa for 
R= -1.0. Fatigue modulus plots for R = 0.1cyclic 
tests conducted at maximum stresses of 115 and 155 
MPa showed the same trends. 
Stage I is complete when matrix cracking reaches 
saturation as shown in Fig. 5. This leads into Stage 
II, in which the damage accumulates at a slower rate. 
Crack coalescence and delamination occur and 
continue to develop over the remainder of the life 
(90%). During this second stage, fibre debonding 
and final fibre fracture develop. Equilibrium is 
established between the applied load and crack 
density.           
Since damage evolution throughout this second 
stage involves the propagation of microcracks, it is 
possible that the growth rate could be expressed by 
the Paris equation. However, for multi-damage 
mechanisms there is no clear definition of crack 
length for these microcracks and the crack tip stress 
intensity factor.  
This was taken into account by Plumtree and Shen 
[6] by replacing the crack length with a damage 
mechanics counterpart, thereby providing a 
descriptive parameter for the fatigue damage, 
expressed by: 
 

                       DII = D2 {1 - (1- [N/Nf]γ)}         (11) 
 
D 2 is the critical amount of damage, DII at end of the 
second stage. For the [±45] angle-ply carbon-epoxy 
composite, the second stage damage evolution was 
linear and the exponent γ constant, equal to unity 
[7]. In this case, fatigue damage evolution for Stage 
II is then simply expressed by:  
  

                               DII = D2 (N/Nf)                  (12) 
 

               D2 = 0.0033σ – 0.289   for   R = 0.1      (13) 
 
               D2 = 0.0028σ – 0.066  for  R = -1.0      (14) 
 
The total damage DT accumulated in the composite 
after NF cycles is the combination of damage in 
Stages I and II, given by, 
 
  DT = D1 {1-exp[-N/α]β} + D2 {1- (1-[N/Nf]γ)}   (15)   
 
  
 

4.2.2 Variable Amplitude Fatigue Tests 
 
Two types of variable amplitude fatigue tests were 
conducted. The application was similar and the 
following is a general description. 
One group of specimens (H-L) was cycled at a high 
stress level (H) and then at a low stress (L) level. 
The second group (L-H) was cycled at the low stress 
level and then cycled at the high stress level. These 
tests were either conducted at the same or different 
stress ratios. 
In both cases the initial stress level was applied for a 
given number of cycles (N1) based on the percentage 
of known fatigue life (N1/Nf1) at the particular stress 
level according to the constant amplitude tests on 
which these tests were based. Upon completion of 
N1 cycles, the stress level was changed and the test 
continued at the new stress level for a pre-
determined number of cycles (N2) until failure 
occurred or the number of cycles exceeded one 
million, at which point the test was stopped. 
 
The two groups of variable amplitude fatigue tests 
were: 
1. Constant stress ratio tests 
a) R= 0.1 tests were conducted on the off-axis [45]8 
composite, and  
b) R= -1 tests on the angle-ply [±45]2S composite.  
2. Variable stress ratio tests 
Tests at R=0.1(H) and R=-1(L) tests were conducted 
at a constant maximum stress corresponding to a 
fatigue life of 50,000 cycles. 
 
1.Constant Stress Ratio Tests 
 
a) Off-axis [45]8 Laminate 
 
Fatigue tests with a constant stress ratio of ratio of R 
= 0.1 were carried out on the unidirectional off-axis 
[45]8 composite in order to determine the effect of 
variable two stage (high and low) loading on the 
basic properties of the material. 
The two stress levels tested were 55MPa for the low 
(L) and 75MPa for the high stress (H). The choice of 
these stress levels was determined because of the 
significant difference in the fatigue life of these two 
levels was more than one decade and failure 
occurred after a relatively high number of cycles. 
The estimated fatigue life was 3400 cycles for the 
high stress and 370000 cycles for the low level 
stress. Fourteen H-L and L-H tests were conducted.  
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Fig.8. Variable amplitude R= 0.1. Off-axis [45]8.   
 
The change from the high to low stress level, or vice 
versa, was conducted on reaching a predetermined 
fraction of the fatigue life at the corresponding stress 
level. 
Fig.8 above shows the variable amplitude fatigue 
results based on the lives given by Eqn. 1. All the 
variable amplitude fatigue test samples tested at the 
high-low (H-L) or low-high (L-H) levels had total 
lives greater than those of single amplitude tests at 
the corresponding stress. Hence, as Fig. 8 shows, the 
damage summation of the two fatigue life fractions 
for each test exceeded unity.  
With regard to specimens HL 03.20 and HL 03 21  
shown in Fig. 8 with arrows attached, the first (HL 
03.20) failed after 255022 cycles at the high stress 
following 6.89 million cycles at the low stress, 
resulting in a Miner life summation of 214. Sample 
HL 03.21 failed after 14.46 million cycles at the low 
stress following 1720 cycles at the high stress 
resulting in a Miner life summation of 51. 
 
b) Angle-Ply [±45]2S Laminate 
 
Constant stress ratio R= -1 Angle-Ply [±45]2S 
 
The maximum stresses of 110MPa for the high 
stress (H) and 65MPa for the low stress (L) were 
chosen because the difference in the mean fatigue 
lives at each stress level was greater than one 
decade, with little overlap occurring in their fatigue 
lives. The variable amplitude fatigue results are 
given in   Figure 9. 
 

 
Fig.9. Variable amplitude fatigue [±45]2S R= -1  
 
In all cases, the accumulated life fraction exceeded 
unity. The test sequence had no significant effect, 
regardless of whether the low or high maximum 
stresses occurred first. For the initial high stress, a 
large number of well distributed matrix cracks 
formed. On changing to the lower stress more cracks 
were present than required to maintain the reduced 
stress level. Consequently, the local stress intensity 
decreased with an accompanying decrease in the 
crack opening displacement. Also, additional closure 
resulted from matrix debris becoming trapped in the 
cracks. The effective intensity factor range was then 
reduced delaying failure, resulting in an increased 
life. Considering the low to high stress tests, 
additional cycles were required to increase the 
matrix crack density in order to balance the internal 
stress created by the higher applied load, delaying 
the transition to the second stage.   
 
2. Variable Stress Ratio 
 
Angle-Ply [±45]2S Laminate 
 
For this series of tests R=0.1 represented the high 
stress (H) and R= -1 the low stress (L) based on their   
maximum applied stresses. The results are shown in 
Figure 10. 
In all cases the specimens exceeded a combined life 
ratio of unity. Changing from R= 0.1 high stress 
(128MPa) to the R= -1 low stress (75MPa), the 
maximum applied stress decreased and crack closure 
occurred during the compression part of the cycle. 
For the R= 0.1 to R= -1 series of tests, numerous 
well distributed matrix cracks formed during the first 
R= 0.1 (high stress) stage. On changing to the lower  
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Fig. 10. Variable stress ratio R= 0.1 and R= -1.  

[±45]2S             
 
stress level (R= -1), stress relaxation occurred 
resulting in reduced crack opening displacement, in 
a similar manner to the variable amplitude tests at 
constant R= -1, for high to low stress level changes. 
Consequently more cycles were required at the   
lower stress level for the cracks to continue 
propagating. The lower stress intensity and debris 
accumulation in the cracks accounted for the 
increased life. 
For the second series of tests, the stress ratio was 
changed from R= -1 to R= 0, hence changing from 
low to high stress levels. This required a larger 
number of cycles to increase the matrix crack 
density in order to balance the internal stress created 
by the previous higher applied load, thereby 
delaying the transition from the first to second stage 
damage, resulting in longer lives. 
 
5 Discussion 
  
The cyclic results of the [±45]2S angle-ply carbon-
epoxy composite clearly demonstrated that this 
structure is more tolerant to fatigue damage and 
failure than the off-axis [45]2S composite. This is 
particularly evident, considering its higher fatigue 
limit stress when cycled at the same stress ratio. The 
[±45]2S angle-ply composite absorbed considerably 
more energy than the [45]8 composite before failure.  
Higher interlaminar shear stresses develop in the 
angle-ply composite on stressing the composite, 
allowing individual laminae to rotate closer to the 
loading direction while maintaining specimen 

alignment. Herakovich et.al. [8] observed fibre 
rotation of up to 10° in a carbon fibre–polyimide 
composite before failure occurred. It is interesting to 
note that the failure was caused by instability rather 
than fibre failure [9]. Also, Trappe et.al. [10] 
showed that  on statically straining [±45] GFRP 
laminates, the fibres  realigned 9.2%  closer to  the 
loading direction.  
The response to tensile loading of a [±45]2S laminate 
is dominated by shear, whereas shear is minimal in 
the [45]8 laminate. The high shear strength of the 
cross-ply laminate results in its greater ability to 
withstand and absorb more micro and macroscopic 
damage. Consequently the [±45]2S laminate displays 
a large inelastic strain prior to final fracture. 
Cyclic stress-strain hysteresis loops for both 
laminates were recorded during testing and 
analyzed. A comparison of the representative 
hysteresis loop opening strains for tests performed at 
stresses between 51% and 67% tensile strength is 
given in Fig. 11.  

 
Fig. 11. Comparison of cyclic angle-ply and off- 

axis hysteresis loop openings.   
 
The hysteresis loops for the angle-ply composite are 
significantly wider (about 40%) compared to those 
of the off-axis specimens indicating that more 
potential energy is absorbed during cycling.   
Considering the laminate lay-up, the angle-ply 
samples present a more difficult path for fracture 
than the angle-ply, requiring more energy for crack 
propagation. Since each 45ply is stacked alternately, 
deformation in opposite directions and shear 
displacement or interlaminar failure is resisted under 
stress in order to maintain the original loading 
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direction [11]. In addition, the shear occurring 
within each lamina tends to rotate the fibres [9]. 
Hence the fracture path  becomes  more complex 
than that for the off-axis lay-up resulting in more 
energy being required for failure, as seen in the 
larger hysteresis loop opening strain, shown in Fig. 
11.  
 
Conclusions 
 
1. The angle-ply lay-up of the [±45]2S composite 
allowed the material to sustain more fatigue damage 
than the unidirectional off-axis [45]8 composite.  
2. Variable amplitude fatigue tests on both the 
unidirectional off-axis [45]8 and angle-ply [±45]2S 
laminates resulted in lifetimes greater than unity 
when compared to constant amplitude stress tests 
conducted on the composites. 
3. On changing from lower to higher stress levels, 
the [±45]2S composite required additional cycles to 
increase the matrix crack density in order to balance 
the internal stress created by the higher applied load, 
delaying the transition from the first to second stage 
damage. This resulted in longer fatigue lives. For 
high to low stress level changes, the accompanying 
stress relaxation in the fatigue specimens containing 
large numbers of matrix cracks resulted in reduced 
crack opening displacement. A lower stress intensity 
and debris accumulation in the cracks accounted for 
the increased life. 
4.  Similarly, variable amplitude fatigue tests on the 
unidirectional off-axis [45]8 composite resulted in 
total lives longer than those of the single amplitude 
tests at the corresponding stress.  
      
References   
 
[1] J. Petermann and K. Schulte “Strain based 

service time estimation for angle-ply 
laminates”. Composite Science and 
Technology, Vol. 62, pp 1043-1050, 2002. 

[2] L. Sorensen “Cyclic damage evolution in a 
45° off-axis carbon fibre reinforced epoxy 
reinforced composite”. MASc Thesis, 
University of Waterloo, 2002. 

[3] S.F.L. Matthews and R.D. Rawlings 
“Composite materials: engineering and 
science”. Woodhead Publishing Limited, 
1999. 

[4] Z. Gao “A Cumulative damage model for 
fatigue life of composite materials”. Journal 
of Reinforced Plastics and Composites, Vol. 
13, pp128-141, 1994. 

[5] W.B. Hwang and K.S. Han “Fatigue of 
composite materials: damage model and life 
prediction in composite materials.” Fatigue 
and Fracture, Second volume, ASTM STP 
1012, Paul A. Legace Ed. ASTM, 
Philadelphia, pp.87-10, 1989. 

[6] A. Plumtree and G. Shen “Prediction of 
fatigue damage development in unidirectional 
long fibre composites”, Polymers and 
Polymer Composites, Vol. 2, pp. 83-90, 1994.  

[7] J. Lemaitre and A. Plumtree “Application of   
damage concepts to predict creep-fatigue 
failure”. Journal of Engineering Materials 
and Technology, Vol.101, pp. 284-292, 1979. 

[8] C.T. Herakovich, R.D. Schroedter III, A. 
Gasser  and L. Giutard “Damage evolution in 
[±45] laminates with fibre rotation”, 
Composite Science and Technology, Vol.60,  
pp. 2771-2789, 2000.   

[9] C.T. Herakovich “Mechanics of fibrous 
composites”.  J. Wiley and Sons, 1998. 

[10] V. Trappe, M. P. Hentschel and H. Ivers 
“Determination of inter-fibre failure in   
complex, reinforced composites”. 
Proceedings of 16th European Conference of 
Fracture, paper no. 900, Springer 2006, ISBN 
1-4020-4971-4, pp.1-8.  

[11] D. Hull “An introduction to composite   
materials”, Cambridge University Press, 1981. 

   
Acknowledgments 
 
The author wishes to thank the Natural Sciences and 
Engineering Council of Canada for financial 
assistance.  
The technical assistance of Mark Melo, University 
of Waterloo, is gratefully acknowledged. Thanks are 
due to Professor Dr-Ing. Karl Schulte, Technical 
University of Hamburg-Harburg, Germany, and Dr-
Ing. Jorge Petermann, Air Bus Ltd., Hamburg, 
Germany for providing the material and stimulating 
discussions.   
 
 
 
 
 
 
 
  
 
 
 

ICCM19 6174



THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 
STUDY ON CHEMICAL TREATMENT OF CELLULOSE FIBER TO 

IMPROVE HEAT RESISTANCE AND THE MECHANICAL 
PROPERTY OF COMPOSITE MATERIALS USING TREATED FIBER 
 

S. Ha1*, H. Ino1, T. Kimura1, A. Suzuoka2 

1Department of Advanced Fibro Science，Kyoto Institute of Technology, Kyoto, Japan 

2SHINTEC co. ltd, Ehime, Japan 
* Corresponding author (baihasi333@yahoo.co.jp) 

 
Keywords: Cellulose, PP, TEOS, Heat Resistance, Tensile Strength, Discoloration 

 

1 Introduction 

In recent years, the issues of global warming and 

environmental load reduction have been attached 

great importance to science and industry. For 

fiber-reinforced plastics used for the structure 

material of car and home appliances, the 

environmental load reduction by using natural 

materials attracts attention. In this trend, various 

type of green composite, which consists of cellulose 

fiber reinforcements and thermoplastic resin matrix, 

are devised [1]. However, the hydroxyl groups of the 

cellulose macromolecule readily decompose, 

releasing water molecules by heating, which result 

in the heat degradation of the cellulose fibers. 

Therefore, cellulose fibers often discolor and stink 

during melting of the resin during molding process 

of the green composite. Consequently, the 

mechanical properties of the composite cannot be as 

anticipated in many cases. In this study, methods for 

improving the heat resistance property of cellulose 

by making cellulose fiber react to organosilicon 

compounds has been proposed, in which siloxane 

bonds (Si-O) are formed with the hydroxyl groups 

on the surface of cellulose fiber. In addition, the heat 

deterioration of treated cellulose fiber was evaluated. 

Furthermore, with the above-mentioned technique, 

the fiber reinforced composite materials were 

prepared using the heat-resistant cellulose and the 

mechanical properties were examined. 

2 Experiments 

2.1 Material and Heat Resistance Treatment  

In this research, due to its widespread industrial use, 

cotton fiber (Gossypium hirsutum L.) was selected 

as the source of the cellulose fiber. The average fiber 

length and diameter were 27.1 mm and 19.5 μm, 

respectively．The untreated cellulose fiber is noted 

as “raw cellulose”. 

Tetraethoxysilane (TEOS) was selected to form 

siloxane bondings on the surface of the cellulose 

fiber. Hydrochloric acid and n-hexane were used as 

a reaction catalyst and dispersion medium, 

respectively. 

The heat resistant treatment method is described 

below. Firstly, cotton fiber web was weighed and 

was immersed in n-hexane (1:20 fiber to n-hexane 

by weight). Next, a reaction liquid that consists of 

TEOS and 7 molar equivalent of 0.1 M HClaq was 

prepared. The “TEOS weight fraction” is defined as 

the value of (TEOS weight) / (cellulose weight) in 

the reaction. The reaction liquid was added to the 

cellulose-containing n-hexane with the range of 

TEOS weight ratio between 0.69 and 69.4. The 

reaction mixture was stirred with a stirring rod for 1 
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hour, then the treated cellulose was washed and 

neutralized by 0.1 M Na2CO3 solution. The product 

was dried in a drier at 105 ºC for 24 hours. The heat 

resistant cellulose fiber was obtained thereby. The 

cellulose fiber after the treatment is noted as 

“heat-resistant cellulose”. 

As the matrix resin of the fiber reinforced 

composite material, polypropylene, which is 

commodity plastic and has relativly low melting 

point, was selected. To mix the matrix with the 

cellulose fiber uniformly, fibrous polypropylene 

(noted as “PP fiber”) was used. PP fiber was 

purchased from Daiwabo Polytec Co, Ltd. (PZ, the 

fiber fineness is 6.7 dtex, with fiber length of 64 

mm). 

2.2 Molding Method of Fiber Reinforced 
Composite Material 

The heat-resistant cellulose fibers or the raw 

cellulose fibers were uniformly mixed with the PP 

fibers with a carding machine. Fig.1. shows the 

photo of carding machine. Next, the mixed fiber 

web preform was put into a heated metal mold. The 

composite materials were formed by compression 

molding with the molding pressure of 3.12 MPa, the 

heating temperatures of 170, 180, 200, 220 °C and 

the heating time of 5, 15, 30 and 60 minutes. 

Scheme of compression molding is shown in Fig.2. 

2.3 Scanning Electron Microscope (SEM) 
Observation 

The surface morphology of the cellulose fiber 

appears to exert a large influence on the formability 

of the composite material. Therefore, the fiber 

surfaces before and after the heat-resistant 

treatments were observed by SEM (S-3000, Hitachi 

Ltd.). 
The strength of the fiber reinforced composite 

largely depends on the adhesiveness between the 

cellulose fiber and the resin.  Then, the fractural 

cross section of the fiber reincorced composite for 

the tensile test was also observed by SEM (S-3000, 

Hitachi Ltd.). 

2.4 X-Ray Photoelectron Spectrometry (XPS) 

To determine whether the elemental composition 

of the cellulose fiber changed before and after 

treatment, the elemental content of the sample was 

Fig.1. Carding machine 

PP  
+  

Cellulose 

Fig.2. Scheme of compression molding 
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measured by XPS (JPS-9010 MC/SP, JEOL). Mg 

Kα (hν＝1253eV) was used as the X-ray source. 

2.5 Evaluation of Mechanical Properties 

2.5.1 Tensile Test of Single Fiber 

The tensile test of the single fiber was based on JIS 

L 1069 and carried out using a universal testing 

instrument (Autograph AGS-J, Shimadzu. Co). The 

span length and test speed were10 mm and 20 

mm/min, respectively. 

The heat resistance of the single cellulose fibers 

was evaluated by measuring the tensile strength of 

the single fiber of raw cellulose and heat-resistant 

cellulose after 5-30 minutes exposure to 170-240 °C 

and returning to room temperature. 

2.5.2 Tensile Test of Fiber Reinforced Composite 
Material 

By the tensile test of the cellulose fiber reinforced 

composite, the effect of heat-resistant treatment for 

the cellulose fiber on the tensile strength of the fiber 

reinforced composite material was investigated. The 

tensile test was based on JIS K 7113 and carried out 

using Autograph AGS-J. The size of specimens was 

100×10×1 mm. The span length and the test speed 

were 70 mm and 20 mm/min, respectively. 

2.6 Inspection with Color Measurement 

When cellulose deteriorates by heat, discoloration 

occurs. Therefore the discoloration of the fiber and 

the composite material by heat was measured. Based 

on JIS Z 8729, colorimetry was performed using a 

spectrum colorimeter (CM-3600d, Konica Minolta, 

Inc). The L*a*b* color system is most widely used 

for the measurement of the color difference in the 

field of the industrial color management. The 

chromatic aberration value (ΔE*ab) was determined 

for each specimen. ΔE*ab is defined as the equation 

(1), here ΔL*, Δa*, Δb* are differences in lightness, 

chroma and hue calculated from L*a*b* coordinates, 

respectively. 

ΔE*ab=[(ΔL*)2+(Δa*)2+(Δb*)2]1/2 ………… (1) 

2.6.1 Color Measurement of Fiber 

The deterioration of the raw cellulose fiber and the 

heat-resistant cellulose fiber were evaluated by 

measuring the chromatic aberration after 15 minutes 

exposure to 160-240 °C and returning to room 

temperature. 

2.6.2 Color Measurement of Fiber Reinforced 
Composite Material 

The fiber reinforced composite materials using raw 

cellulose fiber and heat-resistant cellulose fiber were 

evaluated by measuring the color difference of the 

composite materials after 5-60 minutes exposure to 

170-220 °C and returning to room temperature. 

3. Results and Discussion  

3.1 Observation by SEM 

Fig.3. SEM photograph of cellulose fiber 

 before and after TEOS treatment 

50µm 

(b) Heat resistant cellulose 

50µm 

(a) Raw cellulose 
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3.1.1 Surface of Fiber 

Surface images of samples before and after 

heat-resistant treatment are shown in Fig.3. The 

findings reveal that the surfaces of the samples 

before and after treatment were smooth, with no 

obvious differences in fiber diameter observed. It is 

thought that the quantity of treating agent adhering 

to the surface of the fibers is sufficiently small that 

any diameter increase is negligible. 

3.1.2 Fracture Cross Section of Composite 

When the fiber surface is modified by a chemical 

treatment or a compound coating, the interfacial 

adhesion between the fiber and the matrix 

sometimes becomes weaker. In order to discuss the 

interface conditions, the fractural cross section of 

the fiber reinforced composite was observed by 

SEM. The SEM photograph is shown in Fig.4. From 

the figure, the gap between the reinforcement fiber 

and the matrix is smaller for heat-resistant cellulose 

fiber than for raw cellulose fiber. Therefore it can 

conclude that the heat-resistant treatment improves 

interfacial adhesion. 

3.2 Surface Elemental Analysis by XPS 

XPS spectra of a cellulose fiber obtained before 

and after the heat-resistant treatment are illustrated 

in Fig.5. Peaks are observed at 285 eV for C1s, 533 

Fig.4. SEM photographs of fracture cross section  

of composite materials 

 

 

50µm 

(a) PP-Raw cellulose 

50µm 

(b) PP-Heat resistant cellulose 

PP 

Cellulose 

PP 

Heat resisters cellulose 

Fig.5. XPS spectrum of cellulose fiber 

   before and after TEOS treatment  

         (a) Whole graph (b) Enlargement graph 
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eV for O1s, 748 eV for OKLL and 995 eV for CKLL. 

Fig.5 (b) shows magnified data from 60 to 180 eV; 

two peaks were found in this region, at 99 eV for 

Si2p and at 151 eV for Si2s which confirms the 

introduction of Si after treatment by TEOS. 

An SiO2 content of 6.2% was calculated from the 

peak area. Considering the results, it seems that Si 

was introduced on the surface of the cellulose fiber 

even though there were no obvious changes on SEM 

images. 

3.3 Tensile Strength 

3.3.1 Tensile Strength of Single Fiber 

Fig.6. shows the results of tensile test of the single 

raw cellulose fiber and the heat-resistant cellulose 

fiber (TEOS weight fraction of about 20) with heat 

load at the range between 160-240 °C and without 

heat load under the heating period of 15 minutes. 

The tensile strength in both fibers decreases with 

increasing temperature. In addition, the 

heat-resistant cellulose fiber shows higher tensile 

strength than that of the raw cellulose fiber under the 

equivalent load conditions, 

It see which indicates that the heat-resistant 

cellulose fiber shows lower strength reduction under 

heat load. Therefore, it suggests that the heat 

resistant treatment for the cellulose fiber in this 

research, the hydroxyl groups on the surface of the 

cellulose fiber form siloxane bandings with TEOS 

and thereby, the heat deterioration of the cellulose 

macromolecules, that generally happened under 

heating, was suppressed and the strength reduction 

was lowered as a consequence. 

 

3.3.2 Tensile Strength of Fiber Reinforced 
Composite 

3.3.2.1 Effect of Molding Time on Tensile 
Strength 

ms that the strength of the composite depends on 

the heat resistance property of reinforcement fiber 

under the equivalent molding conditions. Fig.7. 

shows the tensile strength of the composite under 

various molding time at the molding temperature of 

180 °C and the fiber content of 40 wt%. As is shown 

in figure, the composite materials containing 

heat-resistant cellulose fiber shows higher tensile 

strength than that of the composite material 

containing raw cellulose fiber at each molding time. 

It indicates that the tensile strength is preserved 

better in the case of the heat-resistant cellulose fiber. 

Moreover, as for raw cellulose fiber reinforced 

composite, the strength at the heating time of 15 

minutes shows the highest value. However the 

strength of the heat-resistant cellulose fiber 

reinforced composite shows the highest value at the 

heating time of 30 minutes. It can be seen that the 

strength of both composite materials decrease with 

the increasing molding time. On the other hand, the 

row cellulose fiber reinforced composite showed 

larger strength decrement by heating than that of the 

heat-resistant cellulose fiber reinforced composite. 

In the case of the raw cellulose fiber reinforced 

composite, the effect of the heat deterioration of 

reinforcement fiber became larger, and the tensile 

strength decreases in the case of over 15 minutes of 

heating time. Because of their good heat resistance 

property, it is possible to mold the composite longer  

Fig.6. Relationship between the heating  

temperature and the strength of 

fiber (heating time 15minute) 
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time with better resin impregnations with smaller 

deterioration of cellulose in the case of the 

heat-resistant cellulose fiber reinforced composite. 

Even over 30 minutes heating, the thermal 

degradation of heat-resistant cellulose fibers is 

smaller and the tensile strength of the composite is 

higher compared to the raw cellulose fiber 

reinforced composite material. 

The relationship between the molding time and the 

tensile strength of the composite materials at the 

molding temperature of 180 ºC and the fiber 

contents of 20 wt% are shown in Fig.8. Compared to 

Fig.7 the tensile strength decreased at every 

condition. Even though, heat-resistant cellulose fiber 

reinforced composite shows higher tensile strength 

than that of raw cellulose fiber. In addition, there is 

no peak of the tensile strength in Fig.8. It seems that 

at lower fiber content, the impregnation of the resin 

achieved less than 5 minutes, and the tensile strength 

of the composite decreases due to the thermal 

deterioration of the fibers over 5 minutes. 

3.3.2.2 Effect of Molding Temperature on Tensile 
Strength 

 The relationship between the tensile strength of 

the composite and the molding temperature at 

molding time of 15 minutes and fiber content of 40 

wt%, are shown in Fig.9. From the figure, the 

heat-resistant cellulose fiber reinforced composite 

shows higher tensile strength than that of the raw 

cellulose fiber at every temperature. The tensile 

strength shows maximum value at the molding 

temperature of 180 ºC. The difference between the 

tensile strength of both composites becomes larger 

with the increase of temperature over 180 ºC.  It 

seems that the heat-resistant cellulose fiber 

suppresses the strength decrement from heat load 

during composite molding. Moreover, it seems that 

the impregnation of the resin is insufficient due to 

low molding temperature as a reason for low tensile 

strength of the composite at the molding temperature 

of 170 ºC. 

 

Fig.7. Relationship between the molding period  

and the strength of composites  

(content rate of fiber 40wt%,  

molding temperature 180 ºC) 
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3.4 Evaluation of Heat Resistance by 
Discoloration Measurement 

Polymer degradation sometimes causes the 

discoloration of material. The discoloration of 

polymer occurs by polymer structure deformations. 

When the thermal decomposition of polymer occurs, 

conjugated double bondings are formed. Thereby the 

absorbance of visible light increases and the color of 

materials darken. Furthermore heating causes the 

formation of tar-like substance and the color 

changes to brown or black. Therefore, the heat 

resistance of the material can be evaluated by the 

measurement of the color change degree of the 

material after heating. 

3.4.1 Evaluation of Discoloration of Cellulose 
Fibers by Heating 

Fig.10 shows the relationship between the heating 

temperature and the chromatic aberration, ΔE*ab, of 

the fibers with the heating period of 15 minutes. 

From the figure, the chromatic aberration of 

heat-resistance cellulose fiber is smaller than that of 

the raw cellulose fiber. It seems that the raw 

cellulose fiber forms the conjugate double bonding 

by heating. On the other hand, since the 

heat-resistant cellulose fiber has already formed 

siloxane bondings, the decomposition of hydroxyl 

groups and the formation of conjugated double 

bondings are suppressed. 

3.4.2 Evaluation of Discoloration of Composites 
by Heating 

 Fig.11 shows the relationship between the 

molding time and the chromatic aberration, ΔE*ab, 

of the composite for the molding temperature of 180 

ºC. Also Fig.12 shows the relationships between the 

molding temperature and the chromatic aberration, 

ΔE*ab, of the composite for the molding time of 15 

minutes. From the figures, the chromatic aberration 

of the heat-resistant cellulose fiber reinforced 

composite material is smaller than that of the raw 

cellulose fiber reinforced composite material. It 

indicates that the discoloration of the reinforcement 

fiber results the discoloration of the composite itself 

when the transparent resin such as PP is used as a 

matrix. In comparison with Fig.12 and Fig.10,  

Fig.9. Relationship between molding temperature and 

strength of composites (content rate of fiber 

40wt%, molding period 15 minute) 
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 ΔE*ab of the composite material is similar to that of 

the fiber itself.  Since the discoloration of pure PP 

board is 1.84 under equivalent conditions, there may 

be a little effect of discoloration of PP resin on the 

discoloration of the composite. In addition, since the 

cellulose fiber discolored even when the fibers were 

embedded in PP resin, the discoloration may not 

depend on oxygen in the atmosphere and the 

structure of cellulose polymer changes by itself. 

From these results, it is clarified that the 

discoloration of the heat-resistant cellulose fiber 

reinforced composites is suppressed. 

3.5 Relationship between tensile strength and 
discoloration  

3.5.1 Tensile strength and discoloration of fiber 

 Fig.13 shows the relationship between the 

chromatic aberration, ΔE*ab, and tensile strength of 

single fiber for the heating temperature of 160-240 

ºC and heating period of 15 minute. From the figure, 

when the chromatic aberration of raw and heat 

resistant cellulose fiber become larger, the tensile 

strength linearly decreases. Even at same chromatic 

aberration, the strength reduction of heat resistant 

cellulose is smaller than that of the raw cellulose. 

The heating of cellulose polymer generates 

conjugated double bondings in molecular structure, 

which may change the color of cellulose more dark, 

and the strength of fiber decreases. Due to the 

formation of siloxane bondings on heat resistant 

cellulose fiber, the color change resulting from the 

generation of conjugated double bondings and the 

strength reduction may be suppressed. 

3.5.2 Tensile strength and discoloration of 
composites 

 Fig.14 shows the relationship between the 

chromatic aberration, ΔE*ab, and the tensile strength 

of cellulose fiber reinforced composites for the 

molding temperature of 170-240 ºC and molding 

time of 15 minute. For heat resistant cellulose fiber 

reinforced composite material, tensile strength takes 

maximum value at the chromatic aberration of 20. 

  Fig.11. Relationship between heating time and 

chromatic aberration of composite material  

(molding temperature 180 ºC) 

 

0

5

10

15

20

25

30

35

0 20 40 60 80

C
hr

om
at

ic
 a

be
ra

ti
on

Molding period [min]

PP-Raw cellulose

PP-Heat resistent cellulose

0

10

20

30

40

50

60

160 180 200 220 240

C
hr

om
at

ic
 a

be
ra

ti
on

Moding temperature [℃]

PP-Raw cellulose

PP-Heat resistent cellulose

 Fig.12. Relationship between molding  

temperature and chromatic aberration  

of composite material  

(molding time 15minute) 

 

ICCM19 6182



When the chromatic aberration is larger than 20, the 

tensile strength decline. For raw cellulose fiber 

reinforced composite material, the tensile strength 

takes maximum value at chromatic aberration of 

about 30. The strength reduction of the heat resistant 

cellulose fiber reinforced composite materials is 

smaller than raw cellulose fiber reinforced 

composite materials over 30 of the chromatic 

aberration. With chromatic aberration less than 20, 

because of the low heat load, PP fiber may not melt 

completely and PP impregnation to cellulose fiber is 

inadequate, the tensile strength of composite 

becomes lower. With increasing the heat load, the 

chromatic aberration becomes larger, at the same 

time, PP impregnation to cellulose fiber may 

improve, and thus the strength of the composite 

increases. With higher heat load due to significant 

degradation of cellulose fiber, the strength of the 

fiber itself decreases and therefore the strength of 

the composites also decreases regardless of 

impregnation improvement. For heat resistant 

cellulose fiber reinforced composites, due to the 

strength reduction of the fiber itself is smaller than 

raw cellulose fiber, the peak of tensile strength may 

shift to the region at higher chromatic aberration. 

4 Conclusions 

The decrement of the tensile strength of the 

cellulose fiber reinforced composite can be 

suppressed by using the cotton cellulose fiber with 

heat-resistant treatment with organosilicon 

compound. In addition, the heat-resistant cellulose 

fiber reinforced composite materials can reduce the 

discoloration according to the results of the 

evaluation of the discoloration caused by polymer 

deterioration. The method of the heat-resistant 

treatment used in this study is useful for the molding 

of the cellulose fiber reinforced composite. 
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1  Introduction  

 

The continous demanding requirements of weight 

reduction  in the armour industry are changing the 

designs of protection systems and techniques of soft-

body armours and the application to non traditional 

uses as vehicles or aircrafts armouring. Composite 

materials are promising lightweight solutions due to 

their inherent low density and the use of high 

performance fibers. Typically, the composite 

solution contains a certain percentage of resin to 

maintain the laminate lay-up configuration and 

protect the fibers against detrimental environments. 

However, the lightest configuration corresponds to 

dry fabrics where the resin is being removed in order 

to decrease the final areal weight of the armour. It 

has been demonstrated that for relatively low areal 

densities, these materials exhibit the best ballistic 

performance as compared to their fabric/resin 

laminates counterparts [1].  

 

Dry fabrics manufactured with high strength fibers 

have an outstanding performance in arresting 

metallic fragments. The ballistic response of woven 

dry fabrics has been extensively reported in the 

literature [2]. For instance,  Kevlar fabrics are 

currently used for barriers [3]. However, arresting 

small fragments with dry wovens may not be totally 

useful depending on the relation between the size of 

the fragment and the fabric architecture [4]. In those 

cases, nonwoven felts show the best ballistic 

performance against small fragment impacts. Fibers 

in nonwovens are randomly distributed in the plane. 

The structural behaviour is not only due to the 

specific stiffness and strength of the fibers but on the 

way the fibers interact which each others. Such 

bonds can be of different nature, such as simple 

mechanical entanglement, local thermal fusion or 

chemical binders, depending on the particular 

material or the processing technique [5]. Regarding 

the structural properties, nonwovens posses 

moderate strength and stiffness than their woven 

counterparts, but they are superior in terms of energy 

consumption during deformation.  

 

Different nonwoven felts have been design to 

increase the absorbed specific energy of shields. In 

1995, DSM started to commercialize Dyneema 

Fraglight, a felt based on ultra-high molecular 

weight polyethylene fibers (UHMWPE). Their 

mechanical quasistatic and dynamic properties had 

been fully characterized [6] and ballistic tests were 

carried out [7]. A very good performance to stop 

fragments with a very low areal density was found, 

although large deflections were necessary to arrest 

the projectile. Another example developed by 

Auburn University is ArmorFelt [8], which 

combines semi-thermoplastics aramids and 

thermoplastic polyethylene. The main energy 

dissipation mechanisms corresponded to the high 

strain velocity propagation, the fibrillation of the 

aramid fibers, and plastic deformation and phase 

change induced in the polyethylene fibers. 

 

A big effort is being done to improve the bullet 

resistance of felts and many patents have been 

developed in the past. Hybrids shields composed by 

dry woven fabrics and composites [9] are one of the 

most common designs to minimize the areal weight 

of the shields, increase the absorbed energy by the 

shield and reduce the large deflections observed in 

the nonwoven fabrics. The mechanical response of 
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hybrid multilayer shields composed by felts and 

composites tiles have been previously analyzed [10], 

and for instance, combinations of ballistic material 

with “ArmorFelt” have shown significant 

advantages when used against rated soft body 

armour threats. However more studies are needed to 

rationale and optimize the performance of ballistic 

textiles through hybrid laminated systems. It is 

important to determine the absorbed energy partition 

between their respective components and the 

corresponding damage mechanisms.  

 

In this work, the ballistic response of several dry 

woven fabrics and one nonwoven felt has been 

evaluated experimentally. Additionally, the 

combinations of felts and wovens have been also 

tested against impact to find the optimal 

configuration. A comparison between the ballistic 

performance of the different materials and hybrid 

multilayer shield configurations has been done and 

the mechanical response of the hybrid shield 

analyzed. Finally another comparison between a 

conventional dry woven fabric shield and the 

proposed hybrid configuration has been also 

evaluated. 

 

2 Materials and Methods 

2.1 Fabrics Characteristics  

Two dry woven fabrics and one nonwoven felt were 

selected to evaluate the ballistic performance against 

small fragments: woven Kevlar KM2, 3-harness 

satin (3HS) woven Dyneema (with SK65 Ultra High 

Weigth Molecular Polyethylene UHWMP) and 

Dyneema Fraglight Felt, respectively in ‘Table 1’. 

Mechanical properties of the fibers can be shown in 

‘Table 2’. 

 

2.2 Experimental Setup 

A pneumatic launcher was used, with compressed 

air or helium up to 150 bars to impel the projectile 

reaching 100J of impact energy at velocities ranging 

from 270 to 550m/s. The projectile consists of a 

steel sphere with 5.56mm diameter (caliber 0.22), 

which implies a mass of 0.706g. A Phantom high-

speed camera was used to obtain the initial and 

residual velocities of the projectile and measure the 

energy absorption capacity of the fabrics. 

Dry fabrics were clamped along their four edges 

using an aluminum rigid rig. The dimensions of the 

free surface of the fabrics were 350x350mm
2
, while 

the fabrics dimensions were 500x500mm
2
, see ‘Fig. 

1.a’. A total of 16 steel screws with Ø6 m were used 

to clamp the fabric. 

 

All the edges of the laminates were previously 

impregnated with DERAKANE 8084 epoxy vinyl 

ester resin see ‘Fig. 1.b’, to inhibit relative 

frame/fabric sliding. The resin cured at room 

temperature in approximately 24 hours. The blend is 

composed by 100g of raw DERAKANE resin, 1.55g 

of MEKP and 0.3g of CoNap 6% as catalysers. 

 

2.3 Ballistic tests 

Ballistic tests have been divided in two different 

categories. The purpose of the first set is the ballistic 

characterization of the dry fabrics. In the second set 

the effect of a hybrid multilayer structure with 

different dry fabrics has been analyzed.  

 

Configurations are fully described in ‘Table 3’ 

(Single fabrics) and ‘Table 4’ (Multilayer targets). 

For the sake of clarity, the denomination of each test 

is composed by the number of layers and the first 

letter of each material, K for Kevlar, D for Dyneema 

and F for Fraglight. 

 

3 Single Layer Ballistic Performances  

3.1 Kevlar KM2 Woven Fabric 

During the first stages of the impact, yarn 

uncrimping takes place and the yarns start to carry 

tensile load by elastic deformation. For high initial 

impact energies, the impacted yarns of the fabric 

reach their ultimate tensile strength which is 

followed by the subsequent failure, see ‘Fig. 2’. For 

such kind of fabrics, the elastic energy transferred 

directly to the impacted and neighbouring yarns was 

responsible of the behaviour of the material. An 

enhancement of the yarn-to-yarn sliding could 

potentially help to increase the total energy 

dissipation. 

 

Targets with different numbers of layers have been 

tested. For impacts above the ballistic limit, all the 

layers present breakage of the yarns while for 
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impacts below the ballistic limit, no breakage of 

yarns could be appreciated. This could demonstrate 

that yarn failure occurs almost simultaneously in this 

thin lay-up, so the final strain level reached in all 

layers should be similar. 

 

The ballistic curve for a target composed by 4 layers 

of Kevlar KM2 is presented in ‘Fig. 3’, where the 

initial velocity is represented against the residual 

velocity of the projectile after penetration. The 

ballistic limit for this impact is ≈297m/s, 

corresponding to 31.14J of initial kinetic energy. 

The test results were fitted to a Lambert type curve 

(1) where the exponent was approximately 2.75: 

 

Vr=(Vi
n
- V50

n
)

1/n 
(1) 

 

3.2 Dyneema SK65 Woven Fabric 

The absorbed energy of this fabric was negligible as 

the size of the projectile was similar to the yarn-to-

yarn spacing which led to an easy projectile sliding, 

see ‘Fig. 4’. The low friction coefficient of Dyneema 

promoted this mechanism. The projectile was, 

therefore, free to move between adjacent yarns 

without substantial opposition. Yarn sliding does not 

cause yarn failure and the energy transmitted to the 

target during the impact was negligible. It is 

worthwhile to remark that Dyneema woven fabric 

was not able to arrest such small caliber projectiles 

but should be useful for larger projectile sizes. 

 

3.3 Fraglight Felt 

The mechanical response of the Fraglight Felt is 

different to the response of dry woven fabrics due to 

the anisotropy and random distribution of the fibers 

on it. The in-plane wave travelling through the felt 

during the impact makes the felt fibers to stretch 

radially towards the impact point. At this point, felt 

fiber radial alignment increases the performance of 

the material which finally fails in a ductile fashion 

by tear. Fraglight felt presented the higher specific 

energy absorption capacity, but in opposition, with 

the largest deflection level, see ‘Fig. 5’. The 

behavior of the felt scaled with the number of layers 

used in the impact tests. 

 

In ‘Fig. 6’, the ballistic limit curve is shown. It has 

been represented the residual velocity of the 

projectile vs the initial velocity. The ballistic limit 

for this impact is considered 339m/s, which implies 

a kinetic energy of 40.6J. The test results were used 

to fit a Lambert type equation (1) and the 

corresponding exponent was 7.   

 

4 Hybrid Multilayer Ballistic Performance  

The present work is focused not only on the 

individual performance of each of the presented 

fabrics but also on the hybrid shield behavior. For 

instance, the influence of back adding dry woven 

fabric to the Fraglight felt has been analyzed, ‘Table 

4’. The suggested targets are composed by a first 

layer of Fraglight Felt and dry woven fabrics. The 

first configuration has one layer of Kevlar KM2 on 

the rear face and the second configuration has 4 

layers of Dyneema SK65. 

 

For all the tests, during the initial stages of the 

impact, both materials deflect together, but when the 

woven yarns reach their maximum strength or slide, 

the projectile passes through this layer although the 

Fraglight is still deforming. In this configuration, a 

high percentage of the fibers are totally reoriented in 

the loading direction, and the elastic, plastic and 

damage energy became important prior to the final 

tearing of the felt, see ‘Fig.7 ’.  

 

One of the most important parameters for 

optimization in these materials is the fabric 

architecture. It has been observed that increasing the 

yarn-to-yarn space increase the amount of felt which 

penetrates the dry fabric and therefore the volume of 

fibers which are reoriented in the loading direction, 

see ‘Fig. 8’, so therefore, the absorbed energy 

increases. For the specific tests carried out the 

Dyneema SK65 woven fabric with 15 yarns per inch 

offers an improved impact response than Kevlar 

KM2 with 31 yarns per inch.  

 

Both configurations have been compared with the 

single layer tests performed for Fraglight Felt. In 

‘Fig. 9’ the absorbed energy vs the initial kinetic 

energy has been represented. Straight lines represent 

the 100%, 75% and 50% percentage of absorbed 

energy. The best results have been obtained by the 

combination of Fraglight felt layers with Dyneema 
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woven fabrics. The combination with Kevlar 

presents a lower response due to specific  amount of 

Fraglight felt involved in the projectile arresting 

mechanisms. The space left by the breakage of 

Kevlar yarns was smaller than the space left by the 

slide of Dyneema yarns.  

 

5 Comparing Conventional and Hybrid Solutions 

Two different configurations, see ‘Table 5’, which 

could be used for a potential solution for a shield 

with a similar areal weight have been compared. The 

first solution consists of a conventional ballistic 

protection composed by 4 layers of Kevlar KM2. 

The second target consists of a hybrid system 

composed by the Fraglight Felt and 4 layers of 

Dyneema SK65 dry woven fabric.  

 

Ballistic limit curves are compared in ‘Fig. 10’ for 

such material combinations. The Lambert equation 

(1) was fitted to the experimental results with an 

exponent value of n=2.75 for Kevlar and n=2 for the 

hybrid shield, respectively. Ballistic limit for the 

conventional configuration of Kevlar is ≈297m/s 

corresponding to 31.14J of initial kinetic energy and 

for the hybrid configuration is ≈368m/s, which 

implies a kinetic energy of 47.8J. The best results 

have been obtained by the combination of Fraglight 

felt layers with Dyneema woven fabrics.  

 

5 Conclusions  

The ballistic performance of felts has been improved 

changing its mechanical response with the addition 

of a dry woven fabric at the back face of the shield. 

The global deflection of the target has been reduced 

as well. The absorbed energy by the hybrid target 

depends on the architecture and the ratio between 

the projectile size and the yarn-to-yarn spacing of 

the dry woven fabric.  

 

The mechanisms responsible of the enhanced 

response of the multilayer fabric are not totally clear. 

Nevertheless, it has been considered that the felt 

penetration into the woven fabric produced the 

confinement of the felt and the fiber alignment, 

increasing the energy absorption and delaying the 

tearing onset of the felt.  

 

Hybrids systems have been compared with a 

conventional solution based on Kevlar layers. For 

the analyzed caliber, the best results have been 

obtained with a hybrid combination of Fraglight Felt 

and Dyneema SK65 woven fabric. The combination 

of fabric/felt layers could be useful to arrest a variety 

of fragments sizes, being the felt used for the smaller 

and the wovens for bigger size, respectively.  
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Fabric 
Weave 

Pattern 

Yarns 

per 

inch 

 

Tex 

Areal 

Density 

(g/m
2
) 

KM2  Plain 31 94.4 231 

SK65 3HS 15 132 180 

Fraglight Felt -- -- 200 

Table 1. Characteristics of the fabrics 

 

Fiber 
Strength 

(GPa) 

Density 

(kg/m
3
) 

Kevlar KM2  3.4 1440 

Dyneema SK-65 3.42 970 

Table 2. Mechanical properties of the fibers 

 

id Layers Mat Sequence 

1K 1 Kevlar KM2 [0] 

4K 4 Kevlar KM2 [0]4 

1D 1 SK65 Fabric [0] 

3D 3 SK65 Fabric [0/90/0] 

1F 1 Fraglight [0] 

2F 2 Fraglight [0]2 

Table 3. Single fabric test materials 
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id Layers Material Sequence 

F+K 
1 Fraglight [0] 

1 Kevlar KM2 [0] 

F+4D 
1 Fraglight [0] 

4 SK65 Fabric [0/90/0/90] 

Table 4. Multilayer hybrid fabric tests 

 

id Layers Material 
A. Weight 

(g/m2) 

4K 4 Kevlar KM2 922 

F+4D 
1 Fraglight 

920 
4 SK65 Fabric 

Table 5. Areal weight for potential solutions for a shield 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 1. a) Testing frame used for the impact test of the dry fabrics, b) Impregnated laminates with DERAKANE 8084 resin 

along the edges 
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Fig. 2. Snap-shots showing the transverse deflections of 

Kevlar KM2 dry fabric impacted at 310m/s for a) t = 50µs 

and b) 100µs 
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Fig. 3. Ballistic limit curve for 4 layers of Kevlar KM2 

 

 
 

Fig. 4. Dyneema SK65 fabric characteristics, a) 

comparison between yarns width and projectile diameter 

and b) yarn sliding after impact 

 

 
 

Fig. 5. Transverse deflection of 1 layer of Dyneema 

Fraglight Felt impacted at 320m/s 

 

0

100

200

300

400

500

300 330 360 390 420 450

R
es

id
u

al
 V

el
o

ci
ty

 (
m

/s
)

Initial Velocity (m/s)
 

Fig. 6. Ballistic limit curve for 1 layers of Fraglight Felt  
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Fig. 7. Snap-shots showing the transverse deflections of the laminate compose by 1 layer of Fraglight Felt and 4 layer of 

Dyneema SK65 impacted at 370m/s for a) t = 50µs, b) t = 150µs, c) t = 350µs, d) t = 600µs , e) t =1350µs and f) t = 1650µs

 

 

 

 

Fig. 8. Penetration of the felt into the dry woven fabric.   

a) 1 layer of Fraglight Felt and 1 layer of Kevlar KM2,  

b) 1 layer of Fraglight Felt and 4 layers of Woven 

Dyneema SK65 
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Fig. 9. Absorbed energy vs initial kinetic energy for three 

different targets based on Fraglight 
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Fig. 10. Ballistic limit curve for 4 layers of Kevlar KM2 

and a hybrid configuration composed by 1 layer of 

Fraglight and 4 layers of Woven Dyneema 
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1 Introduction 
 
Ceramics,

2O3, have been widely used as 
armours. These ceramics exhibit high stiffne
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rted at the Personal 
Armour Systems Symposium PASS 2012 [5]. The 
optimized SWCNT/Al2O3 composites will be 

.  

 in-house either by a 
a production system 

[7]. The commercial Al2O3 (ready to press alumina) 
powder was purchased from Accumet Materials Co., 
with medium grain size of 160~200 µm and 99.7% 
purity. Sodium borohydride, aluminum chloride and 
ammonia hydroxide were purchased from Aldrich 
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It has been reported in the literature
loadings of CNTs can yield significant e
in the hardness and fracture toughness of
matrices. Kasperski, et al [1] reported th
walled carbon nanotube (DWCNT
composite powders with low DWCNT l
2–3 wt% that were densified by spark plasma 
sintering (SPS) exhibited a 30% higher
strength and a similar fracture toughness (
MPa m1/2) to alumina with a similar subm
size. In the work by Sarkar and Das [2
Walled Carbon Nanotubes (MWCNT)
nanocomposites containing CNTs from 0.

densification and mechan
MWCNTs or Single-Walle
(SWCNT) reinforced zirconia
(ZTA) composites using 
demonstrated that 0.1 wt%
SWCNTs added to ZTA was 
high hardness and fracture tou
effect and pull-out of a smal
ceramic crack propagation ar
contributed to the improvem
toughness. Kyubock et al rep
increase in fracture toughne
alumina composites when 
alumina. These MWCNT-alu
prepared using a sequential 
ultrasonic spray pyroly

strength to density ratio and temperature
and they are capable of preventing 
trauma by absorbing the energy over a 
However, their intrinsic brittleness and lo
toughness severely limit their multi-hit c
In addition, heavy ceramic plates are a bu
carried by soldiers for long periods, whic
less mobility in the battle field. These dis
call for the development of lighter an
novel materials for the body armours. Th
performance-to-weight ratio can be im
integrating carbon nanotubes (CNTs) 
ceramic structure. This is because 
dimensional CNTs are expected to reside
boundaries of the ceramic grains, and a
limit 

th
 result, 
en the 

at low 
cement 

alumina 
double-
alumina 

 
In the present work, effort
improving the mechanical 
ceramic composite by adding 
for commercial Al2O3 matrix.
composite materials were pr
pressureless sintering (PS) o
followed by mechanical 
Preliminary results were repo

in

fracture subjected to ballistic testing in a subsequent study
 vs 5.4 
n grain 

 Multi-
alumina 
vol% to 
ensities 

 

2 Experimental 

The SWCNTs were produced
double laser [6] or RF-plasm
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and used as received. Polyvinyl alcohol (PVA) was 
purchased from DuPont (Elvanol 50-42) and used 
as-received. 

The major challenges in making SWCNT-ceramic 
dis
etw

s and the ceramic matrix. Due to the
 to

atri
foli
dis
NT

 gro
ed

lay
ctio
wi
u)
t

/A
y 

 S
are

composites are to achieve a uniform 
distribution, and an effective interface b
SWCNT

persion, 
een the 
 strong 
 stay in 
ces. As 
ate) the 
persion 
s were 
ups via 
 using 

er of in-
nalized 

th the 
-coated 
ed with 
l2O3(in-
solution 
WCNT 
d.  

van der Waals interactions, SWCNTs tend
bundles and have little affinity for any m
shown in Fig.1, in order to de-bundle (ex
SWCNTs and have a favorable 
throughout the ceramic matrix, the SWC
either covalently functionalized with OH
ozonolysis or non-covalently functionaliz
PVA as a surfactant. Moreover, coating a 
situ Al2O3 onto the surface of these fun
SWCNTs facilitate the interface 
commercial Al2O3 matrix. The Al2O3(in-sit
functionalized SWCNTs were then integra
commercial Al2O3 to form the SWCNT
situ+commercial) composite, either b
processing or ball milling. Samples with
loadings between 1 and 10 wt% were prep
 

Covalent 
Functionalization
via Ozonolysis

Non-covalent 
Functionalization
with PVA

Coating a layer of in-situ Al2O3

Integration 2O3

l2O3
situ+commercial) Co
1~ 10wt% SWCNTs

SWCNT-OHs SWCNT/PVA

SWCNT-O-Al2O3(in-situ) SWCNT/PVA/Al2O3(in-situ)

 with commercial Al

SWCNT-O-Al2O3(in-situ+commercial)
Composites, 1~ 10wt% SWCNTs

SWCNT/PVA/A (in-
mposites, 

SWCNTs

Solution Processing or Ball Milling
By

 
hesis of 

details 
Fig.1 The schematic illustration of the synt
SWCNT/Al2O3 composites. Experimental 
were described in Sections 2.1- 2.4. 
 
 

2.1 Covalent Functionalization of SWCNTs with 
Hydroxyl Groups (SWCNT-OHs) 

In order to have a homogeneous dispersion and be 
chemically compatible with the ceramic matrices 

tial to functionalize 
 

s were covalently 
groups via ozonolysis 
dium borohydride, as 
y, SWCNTs were 
d tip-sonicated. The 

eated to 70oC and 
is temperature with 

each 1 hour run. The 
 cooled to room 

xygen for 1 h. NaBH4 
or a period of 30 min, 

h was removed. The 
emperature overnight. 
ropwise at 0oC for a 
ction was warmed to 
 The reaction mixture 
ter, centrifuged and 
uct was dried in the 
d characterized with 

-MS and Raman. 

such as Al2O3, it is essen
SWCNTs and/or modify the surface of SWCNTs. In
this work, the SWCNT
functionalized with hydroxyl 
followed by the reduction of so
depicted in Fig.2. Typicall
suspended in distilled H2O an
resulted suspension was h
subjected to ozonolysis at th
sufficient bath sonication for 
reaction mixture was then
temperature and purged with o
was added portionwise at 0oC f
and then the iced-water bat
reaction was stirred at room t
3 N HCl was then added d
period of 30 min, and the rea
RT and stirred for 5 h at RT.
was diluted in distilled wa
decanted. The collected prod
oven at 110oC overnight an
TGA-IR

O3 O
O

O
O

O

O

OHHO

HO OH

OH

MeOH, RT;
or H2O, 70 oC

1) NaBH4/H2O

HO

2) HCl, 0 oC-RT

 
ion of SWCNTs with 

s). 

lization of SWCNTs 
WCNT/PVA) 

While covalent functionalization forms stronger 
chemical bonds between the functional group and 
the SWCNTs, it creates defects on the SWCNT 
sidewalls and tips. For comparison, a protocol of 

Fig.2 Covalent functionalizat
OH groups (SWCNT-OH
 

2.2 Non-covalent Functiona
Using PVA as a Surfactant (S
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non-covalent functionalization of SWCNTs was 
developed in which PVA wraps around the 
SWCNTs.  In this scenario the SWCNT structural 
integrity is conserved. This non-covalent 
functionalization of SWCNTs was performed by the 

CN
ec
 

 the in-situ 

Coating of in-situ Al2O3 ont
Functionalized SWCNTs [SWCNT-O-Al

(in-situ

ng b
ceramic matri

mp
S

aro
itu 
on  the 
in
Ty

spe
u
 

 a
d 
v

ati n and 
on

Al2O3
or SWCNT/PVA/Al2O3(in-situ) was dilu
distilled water, centrifuged and product collec
 

simple mixing of 1:1 (by weight) of SW
PVA under sufficient sonication and m
stirring, and the homogeneously dispersed
is then subjected for the surface coating of
Al2O3. 

 

2.3 

Ts and 
hanical 

solution 

o the 
2O3(in-

etween 
x, it is 
atibility 
WCNT 
und the 
layer of 

situ) or SWCNT/PVA/Al2O3 )] 

To facilitate an optimal interfacial bondi
the SWCNT filler and the 
crucial to promote the chemical co
between the functional groups on the 
surface (or the functional groups wrapped 
SWCNTs) and the matrix. Herein an in-s
Al2O3 was generated and coated 
functionalized SWCNTs before it was 
with the commercial alumina (Fig.3). 
SWCNT-OHs or SWCNT/PVA were su
distilled water and tip-sonicated 
homogeneous dispersion was achieved. A
of AlCl3 in distilled water was added,
resulted mixture was tip-sonicated an
ammonium hydroxide dropwise with 
stirring until pH reaches 9.5. The sonic
stirring were continued after the additi
further 2 h. The resulted SWCNT-O-

to
tegrated 
pically, 
nded in 
ntil a 
solution 
nd the 
added 

gorous i
o
 for a 

(in-situ) 
ted in 
ted. 
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Fig.3 Coating a layer of in-situ Al2O3 onto the 
functionalized SWCNTs [SWCNT-O-Al2O3(in-situ)] 

2.4 Integration of the Surface Coated-SWCNTs 
into the Commercial Al2O3 Matrix [SWCNT-O-
Al2O3(in-situ+commercial) or 
SWCNT/PVA/Al2O3(in-situ+commercial)] 

WCNT-O-Al2O3(in-situ) or 
SWCNT/PVA/Al2O3(in-situ) was suspended in 

 water, and a suspension of pre-sonicated 
 added. The resulted 
orous stirring until a 

 obtained. The grey 
ed and washed with 
mperature rather than 

t the built-in binder in 
rning off at this stage. 
d to be a problem for 
, prior to pressureless 

 

) Ball Milling:  

(in-situ) was dried at 
illed with as-received 
ng stainless steel balls 
SWCNT-O-Al2O3(in-
produced from ball-

color compared to the same 
composite synthesized by solution processing. 

inal SWCNT/Al2O3 
d by TGA, Raman, 

In a typical Raman 
d reflects the disorder 
may be caused by a 

 the defects on the 
orphous carbon in the 
tionalization of the 
e used to qualitatively 
nctionalization on the 

processed CNTs. The G-band is associated with the 
C-C stretching mode of CNTs, which represents 
their crystalline order. Fig.4 clearly shows the D-
band increase after the ozonolysis of SWCNTs 
followed by the reduction with NaBH4, indicating 

 

a) Solution Processing:  

The above wet S

distilled
commercial Al2O3 in H2O was
mixture was sonicated with vig
homogeneous dispersion was
color product was centrifug
distilled water, dried at room te
in the oven (100oC) to preven
the commercial Al2O3 from bu
The binder burn-off was foun
the green compact formation
sintering. 

b

The above SWCNT-O-Al2O3
110oC overnight, and ball-m
commercial Al2O3 for 5 h usi
as milling media. The 
situ+commercial) composite 
milling looks lighter in 

 

3 Characterization  

All intermediates and f
composites were characterize
XRD, SEM and/or TEM. 
spectrum for CNTs, the D-ban
of the CNT structure, which 
number of sources such as
nanotubes, the presence of am
system, or chemical func
nanotubes. The D-band can b
assess defects or degree of fu

3  
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that the OH-functionalization has successfully taken 
place.  
 

Fig.4 Raman of pristine and OH-functionalized 
SWCNTs 

Fig.5 depicts the D-band increase after OH 
 lasma 
 D

RBM
cor
ara
fre

enc
rs

ed  
ation with 
nalization 

nd of the 
an peak for 
ins visible 
 composite 

formation. The observation of the G-band and the 
RBM indicate that the unique structure of CNTs is 
maintained during the production of the composites. 

 
 

 
 
 
 
 
 
 
 
 

 
 

 
 

functionalization of the as-produced
SWCNTs, and the changes occurred on the
G-band, and the radial breathing modes (
the surface-modified SWCNTs were in
into the alumina matrix. The RBM is ch
for SWCNTs and observed in the low 
range (100~300 cm-1), the peak frequ
inversely proportional to SWCNTs diamete
SWCNT/Al2O3 composites synthesiz
through the route of covalent functionaliz
hydroxyl groups or non-covalent functio
with PVA as a surfactant, the D-ba
SWCNTs becomes embedded in the Ram
the commercial Al2O3. The G-band rema
and its peak position unchanged after the

p
-band, 
) after 

porated 
cteristic 
quency 
ies are 
. In the 

either

Raman of commercial Al2O3, SWCNTs and SWCNT/Al2O3(in-situ+commercial) 
composites. Using raw plasma nanotubes.
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Fig.5 Raman of Commercial Al2O3, SWCNTs, 
2O3 composites 

 
 

patterns for 
ith various SWCNT 

r as-produced plasma 
t demonstrates that the 
3 are present for all 
pose as expected, the 
f SWCNTs have no 

negative effect on the crystallinity of the alumina 
matrix. 
 

SWCNT-OHs and SWCNT/Al
 

Fig.6 is the XRD diffraction 
SWCNT/Al2O3 composites w
loadings, using either laser o
SWCNTs for the syntheses. I
fingerprint peaks of α-Al2O
composites and they superim
addition and the loading o

XRD of 500g Batches of SWCNT/Al2O3(in-situ+commercial) Composites. Using 
As-produced Plasma SWCNTs.
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Fig.6 XRD spectra for 1~10wt% SWCNT/Al2O3 
composites 
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Scanning Electron Microscopy (SEM) in Fig.7 and 
Fig.8 display the microstructure of the 10wt% 
Al2O3(in-situ)-coated SWCNT-OHs and the 30wt% 
Al2O3(in-situ)-coated SWCNT/PVA. They 
demonstrate that either covalently functionalized 

ppe
tio

 
itu)-coated 

Hs 

 

with OH groups or non-covalently wra
PVA, a bundle or bundles of func
SWCNTs were uniformly coated with a laye
situ generated Al2O3.  
 

d with 
nalized 
r of in-

Fig.7 SEM of 10wt% Al2O3(in-s
SWCNT-O

 
-coated 

obtain ceramic coupons for me
 

4.2 Pressureless Sintering 

In PS, a green compact out of alum
Fig.8 SEM of 30wt% Al2O3(in-situ)
SWCNT/PVA 

 

 

Fig.9 shows the Transmission Electron Microscopy 
(TEM) of the 30wt% Al2O3(in-situ)-coated 
SWCNT-OHs. It indicates that a small bundle of 
SWCNTs were coated with an Al2O3 layer generated 
in-situ. 

Fig.9 TEM of 30wt% Al2O3(in-situ)-coated 

 

 

4 Sintering  

tering Methods 

ch as Al2O3 can be 
nufacturing processes 
static pressing (HIP). 
but limited to nearly 

. PS is economical, 
s are usually not as 

ed ones and this may 
ance. HIP typically 

ic parts with complex 
shapes; however, this is one of the most expensive 

PS and HP were used to 
chanical evaluations.  

ina powder or 
SWCNT-reinforced Al2O3 was formed by a 
hydraulic arbour press with a capacity of ~27,000 
kg. The use of the arbour press restricts the size of 
the specimen to 50 mm (2”) diameter in order to 
achieve the desired load. A two part mould was 

 

30wt% SWCNT-O-Al2O3(in-situ) 

SWCNT-OHs 

4.1 Sin

Ceramic armour materials su
produced by a variety of ma
including HP, PS, and hot iso
HP is more commonly used 
plane body armour shapes
however, the sintered ceramic
well consolidated as hot-press
affect their ballistic perform
results in fully dense ceram

processes. In this work, 

10wt% SWCNT-O-Al2O3(in-situ) 

20 nm 

30wt% SWCNT/PVA/Al2O3(in-situ) 

5  

ICCM19 6196



made of stainless steel along with a backing plate 
and an extraction screw, shown in Fig.10a and 10b. 
The powder was placed in the bottom part of the 
mould on top of the backing plate, and the top part 
of the mould slides within the bottom part of the 

ompaction, 
the mould 
e backing 
ct was ~4 

mould and contacts the powder. After c
the green compact was removed from 
using the extraction screw pushing on th
plate. The thickness of the green compa
mm. 
 

 
Fig.10a Bottom portion Fig.10b Top porti
of the mould. 

on of 
the mould. 

 
Green disks were sintered at temperatu
1750ºC either in vacuum or Argon. F
typical sintering profile under Argon atmo
the initial stage, the temperatures we
increased to 500oC to remove the mois
SWCNT/Al2O3 composite and to burn of
in binder in the commercial Al2O3. 
generated Al(OH)3 was converted to the Al
situ) coating during this stage of the sinter
second stage between 500oC and 800oC,
rise of the temperature and the long holdi
promote the interfacial bonding bet
SWCNT filler and the Al2O3 ma
SWCNT/Al2O3 composite was then sinte
final stage of the cycle with a rapid ri
temperature f

res
ig.1
sph
re 

ture
f th  built-

The in-situ 
O (in-

ing
 th  slow 
ng

we
trix
red
se

rom 800oC to 1650oC and main
at 1650oC for 3 h before cooling off to
temperature for density, hardness, and 
toughness testing. 
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Fig.11 Heat treatment profile for SWCNT/Al2O3 
composites under Argon atm sphere.  

4.3 Hot Pressing 

P was carried out using a 50 ton press with a 
 1600C and a coupon 

 Hot pressing of 
temperature range of 
on environment.  An 
 and that provided an 
lumina material.  A 

10 hours for the ramp 
t the sample would be 

d sintering temperature 
for approximately 30 minutes. 
 
 

ess Results from 

2O3 composites with 
 were PS and tested 

 superficial (HR15N) 
mercial Al2O3 powder 
r the same conditions 

l2O3 composites. The 
hardness values in Fig.12 were normalized with the 
value for the in-house sintered commercial Al2O3 as 
a reference. As illustrated in Fig.12, the 1wt% 
composites have comparable hardness with that of 
the commercial Al2O3. The 1wt% sample with PVA 

o
 
 

H
temperature capability of up to
size of up to 4” in diameter. 
alumina was conducted at a 
1400C to 1600C in an arg
applied load of 4Ksi was used
almost fully dense (99%) a
sintering run normally takes 
up and ramp down periods, bu
under full applied pressure an

 

5 Results and Discussion 

 

5.1 Density and Hardn
Pressureless Sintering 

17 batches of SWCNT/Al
SWCNT loadings of 1~10wt%
for densities and Rockwell
hardness. The as-received com
was pressureless sintered unde
as those of the SWCNT/A
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functionalization (non-covalent) appears to produce 
slightly better results than the OH-functionalization 
(covalent) counterpart. Higher SWCNT loadings 
resulted in softer coupons, presumably the lag 
between the green compacting and the pressureless 

NT/Al2O3 
han 3wt%, 
 may be 

n compact 

sintering plays a role. For the SWC
composite samples with a loading higher t
the springing effect of the SWCNTs
significant enough to loosen the gree
before it was pressureless sintered. 
 

Normalized Hardness for Commercial Al2O3 and SWCNT/Al2O3 Composites By 
 Sintering 
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ng 

NT/Al2O3 
ced plasma 
 shown in 

O-Al2O3(in-
 a 
Al
 f m PS 

mpared to 
mposites with higher SWCNTs loadings 

(5~10wt%), presumably the elasticity of the 
SWCNTs comes into play for the higher loading 
samples.  

Fig.12 Normalized hardness of SW
composites by

 

5.2 Mechanical Results from Hot Pressi

To date, 7 batches of 1~10wt% SWC
composites using either laser or as-produ
SWCNTs have been subjected to HP. As
Fig.13, the 1wt% SWCNT-
situ+commercial) by ball milling gives
density of 99.2% compared with pure 
house. The results are consistent with those
in that 1wt% samples densified better co
the co

relative 
O3 in-2

ro
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Fig.13 Relative densities of Hot-Pressed 
SWCNT/Al2O3 composites  

In Fig.14, 1wt% SWCNT-O-Al2O3(in-
situ+commercial) by ball milling exhibits a 12% 

ess compared with the 
O3, whereas the 1wt% 
mercial) by solution 
ter than pure Al2O3. 
 drawn for fracture 
ples (Fig.15). 

 
 

enhancement in Vickers hardn
in-house hot-pressed pure Al2
SWCNT-O-Al2O3(in-situ+com
processing seems to be sof
Similar conclusions can be
toughness results for these sam
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Fig.14 Vickers hardness for Hot-Pressed 
SWCNT/Al2O3 composites  
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Fracture Toughness Chevron Notch (Mpa.m½) for Hot-Pressed 
SWCNT/Al2O3 Composites and In-house Al2O3 
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Fig.15 Fracture toughness for Hot-Pressed 
SWCNT/Al2O3 composites  

5.3 Toughening Mechanism 

ndividual or bundles of CNTs 
e cer
, as they 
the crack 
hand, the 

es enhance 
rain gap 

graph of a 
g, the gap-
3 matrix is 
tributes to 
co

O3.
 that has 

, an  it can 
out
na
 th

boundaries is known to be beneficial 
composite toughness, whereas the pullout fr
grains can enhance the composite strength. 

 

 
Fig.16 SEM of SWCNT-O-Al2O3(in-situ + 
commercial) composite 

3wt% SWCNT-O-Al2O3(In-situ + commercial) 

 
 

It is well known that i
situated at the inter-granular sites of th
matrix improve the fracture toughness
hinder the grain growth and deflect 
propagation in the matrix. On the other 
nanotubes reside in the intra-granular sit
the strength and toughness through g
bridging. Fig.16 is a typical SEM micro
SWCNT/Al2O3 composite before sinterin
bridging effect of SWCNTs on the Al2O
clearly evident and that presumably con
the higher fracture toughness of the 
compared with the un-reinforced Al2
pullout is another toughening mechanism
been frequently proposed in the literature
be observed in Fig.17 that SWCNT pull
both in the grain boundaries of the alumi
and in the alumina grains. The pullout from

amic 

mposite 
 CNTs 

d
 occurs 
 matrix 
e grain 
to the 
om the 

 

 

3wt% SWCNT-O-Al2O3(In-situ + commercial) 

Fig.17 SEM of SWCNT-O-Al2O3(in-situ + 
commercial) composite 
 

ed for the syntheses of 
 SWCNTs were first 

r via covalent 
xyl groups or non-
using PVA as a 
 SWCNTs were then 
enerated Al2O3 before 

cial alumina. 
The synthesized SWCNT/Al2O3 composites were 
characterized by TGA, Raman, XRD, SEM or TEM. 
They were sintered by PS or HP, and new 
processing platforms for the fabrication of SWCNT-
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1 Introduction 
Industries of the transport sector count on 
lightweight materials in general and on Carbon Fiber 
Reinforced Plastics (CFRP) in particular for the 
reduction of CO2 emissions and energy 
consumption. The high specific mechanical 
properties of CFRP are also of interest in other fields 
such as wind energy production for the manufacture 
of large rotor blades. Broader application of CFRP is 
often limited, however, by their high costs resulting 
from expensive raw materials as well as lengthy and 
labor intensive production processes. The latter are 
addressed by Liquid Composite Molding (LCM) 
processes, which offer high potentials for automated 
production and short cycle times. 
Resin Transfer Molding processes are a specific type 
of LCM processes and encompass the use of stiff 
molds giving the opportunity of a fast production of 
high quality Fiber Reinforced Plastics (FRP) parts. 
In the RTM process, a dry fibrous preform is placed 
into a cavity, the mold is closed and resin is forced 
through the porous textile. The flow is driven by an 
applied pressure difference between the resin 
reservoir and the cavity. The infiltration process can 
be modeled using Darcy’s law which describes a 
linear correlation between the resin flow velocity v 
within a homogeneous porous media and the applied 
pressure gradient p: [1] 
 

p
η

K
v   (1)

 
The proportionality constant is the quotient of the 
permeability K of the fibrous preform and the 
dynamic viscosity η. Hence, highly permeable 
preforms together with low viscosity resins are 
advantageous for high resin velocities and thus fast 

infiltration and short cycle times. Along with the 
applied temperature and the degree of curing, the 
viscosity of some thermoset resins depends on the 
applied shear rate.  Additional shear rates induced by 
the application of vibration assistance in LCM 
processes result in a reduced viscosity [2]. In 
addition to this, the effects of vibration assistance on 
the compaction behavior of the fibrous preform [5] 
and the void content of the resulting material [3, 4] 
have already been observed. 
In this work, additional shear rates are induced into 
the liquid matrix by a vibration engine which is 
mounted on the RTM tool with the entire setup 
being supported by 4 coil springs (Fig. 1). The study 
presented investigates the efficiency of vibration 
assistance in RTM processes with respect to the 
mold filling time for the following process 
parameters: injection pressure (2 and 3 bars), mold 
temperature (20 to 40 °C), vibration frequency (10 
and 60 Hz) and the spring rate of the coil springs. To 
this end, filling studies by means of channel flow 
experiments are performed. Furthermore, the flow 
behavior of the resin is characterized in a rheometer.  
A reduction in mold filling time is expected for resin 
systems showing shear thinning behavior due to the 
decreased apparent viscosity which results from the 
created vibration motions in the injected resin. The 
question whether high vibration frequencies and/or 
amplitudes are more beneficial for an enhanced resin 
flow is addressed, too. 
 
2 Mathematical description of the infiltration 
process in channel flow experiments 
For channel flow experiments with constant inlet 
pressures, Darcy’s law can be transferred into [6]: 
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1η

pKtΔ2
x 2

f  (2)

 
In Eq. 2, xf represents the flow front position, K the 
permeability, t the time, Δp the pressure difference 
between the injection pressure pinj and the flow front 
and φ the fiber volume content (FVC) of the 
compacted preform. 
Under the assumption of a constant permeability K, 
a constant fiber volume fraction φ and a constant 
pressure difference Δp during the experiment Eq. 2 
can be rewritten as: 
 

0.5

f t
η

C
x 








  (3)

 
The constant parameters of Eq. 2 are summarized 
into one constant C in Eq. 3. Hence, the flow front 
progression over time in a channel flow experiment 
can be theoretically modeled by a power function 
with exponent 0.5. This correlation will later be used 
as quality criterion for the performed filling 
experiments. 
If the permeability of the preform is known and 
remains constant during infiltration, then Eq. 3 can 
be rearranged to determine the viscosity during 
infiltration: 
 

t
x

C
η

2
f

  (4)

 
2 Materials and test setup 
In contrast to other studies in the literature dealing 
with vibration assisted LCM processes [2, 3, 4, 5, 7], 
the present work focuses on standard materials and 
processes which are currently applied in industry. A 
carbon weave is infiltrated with epoxy resin in a 
RTM process, hence, a CFRP plate is manufactured 
in each channel flow experiment. 
 
2.1 Reinforcement material 
A carbon 5H satin-weave, 370 g/m², manufactured 
by Hexcel (HexForce® G0926 D 1304 TCT) is used 
as fiber material. The layers are manually cut to a 
size of 380 x 192 mm, with the warp direction being 
aligned with the longer edge. Stacks of nine layers 
are compacted in a mold to a target thickness of 3 

mm resulting in a target FVC of 63.07 %. This 
material is typically used in aerospace applications. 
 
2.2 Matrix materials 
The preforms are infiltrated by an epoxy resin 
system (EPIKOTETM Resin MGS® RIMR 135 and 
EPIKURETM Curing Agent MGS® RIMH 1366) 
manufactured by Momentive. The same amount of 
resin and hardener are mixed manually for each trial 
according to the mixing ratio suggested in the data 
sheet at room temperature, 15 minutes before the 
injection is started. This epoxy resin is typically used 
for the production of wind turbine blades. A slow 
curing resin system designed for curing at room 
temperature is chosen in order to keep the 
experimental procedure easy to control and the 
prepared samples easy to handle. In addition to this, 
the influence of curing reactions can almost be 
excluded here, making the results more robust 
against inevitable differences in the sample 
preparation and the experimental procedure, such as 
slightly varying room temperatures during mixing 
and infiltration. Consequently, an equal initial 
mixing viscosity is ensured throughout the 
experiments. 
Silicon oil (Dow Corning® Xiameter PMX 200/100 
cS) is chosen as the reference material for a 
Newtonian fluid. . 
 
2.3 Test setup 
The mold consists of a 17-mm thick steel lower 
platen, a 3-mm thick spacer frame and a 35-mm 
thick transparent polycarbonate upper platen. The 
fiber stacks are placed in the cavity with the aid of 
spacers to ensure uniform positioning of the preform 
in each experiment with respect to the markings on 
the transparent mold half, which are necessary to 
measure the flow front progression during 
infiltration. The cavity dimension in the lengthwise 
direction is longer than the preform, resulting in the 
linear inlet and outlet typical for channel flow 
experiments [6]. Strips of rectangular cut silicon 
gaskets are placed alongside the longer edge of the 
preform between the fiber stacks and the spacer 
frame to prevent race tracking effects. The linear 
inlet is connected to a pressure pot and the outlet to a 
can. The injection pressure is manually adjusted by a 
pressure controller and monitored by a pressure 
transducer. 
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A vibration engine (MVE 60/30M from OLI® 
Vibrationstechnik) is mounted on the rear side of the 
lower tooling platen. Since the rotational axis of the 
engine is oriented in the lengthwise direction of the 
setup, the unbalanced torque creates shaking 
motions perpendicular to the adjusted pressure 
gradient and flow of the injected resin. The mold is 
supported by four coil springs mounted at the edges 
of the lower mold so that shaking motions are 
induced into the setup by the engine. Since the 
viscosity of the epoxy resin is highly sensitive to 
temperature, the vibration engine is mounted to the 
tooling plate having a small gap of approximately 10 
mm. Through this gap, the waste heat generated by 
the engine can be released by an installed fan 
combined with cooling fins which are attached to the 
engine. Furthermore, the temperature of the tooling 
is measured by a thermocouple placed on the tooling 
plate directly above the engine. The experimental 
setup is shown schematically in Fig. 1 and 2. 
 
3 Experimental descriptions 
The goal of this study is to identify influencing 
parameters in vibration assisted LCM processes. A 
closed mold process is chosen for this purpose since 
the compaction of the fibrous preform and thus the 
permeability can be assumed constant during 
infiltration in contrast to Resin Infusion under 
Flexible Tooling (RIFT) processes [8]. The injection 
pressure, the processing temperature, the frequency 
of the vibration motion and the spring rate of the coil 
springs supporting the entire setup are investigated 
as influential variables. The stiffness of the coil 
springs, the unbalanced mass and the frequency of 
the vibration engine together with the total mass of 
the vibrating setup determine the amplitude of the 
swinging motion. It must be noted here however, 
that the frequency of the vibration engine and the 
amplitude of the oscillating mold are expected to be 
unequal to those in the liquid matrix. 
 
3.1 Permeability measurements 
Since Eq. 4 will be used to determine the viscosity 
during filling, the appropriate permeability value of 
the preform is mandatory and must be determined in 
advance. For this purpose, permeability values of the 
compacted fiber stacks are measured in the same 
setup and not in a separate permeability test rig. 
Although the described mold is very similar to that 
used in the type of permeability test facility 

suggested in the literature [9], different results 
would have been likely due to differences in the 
deflection and thickness variations of the molds. 
Silicon oil is applied to measure the unsaturated 
permeability value. The tests are performed at room 
temperature for constant injection pressures of 2 and 
3 bars to account for the resulting higher mold 
deflections and thus the overall permeability values. 
The mold temperature is recorded throughout the 
test in order to determine the oil viscosity for the 
calculation of the permeability. Apart from that, the 
general experimental procedure of the unsaturated 
permeability tests is equal to the filling studies 
described later in section 3.3. The permeability 
measurements are made without applied vibrations. 
 
3.2 Rheological measurements 
The shear thinning and the Newtonian behavior of 
both, the epoxy resin and the silicon oil are 
characterized in a rheometer (MCR 302 from Anton 
Paar). A constant shear rate is induced across the 
sample by applying a cone and plate measurement 
system with a cone angle of 1°. The viscosity is 
determined for logarithmic linearly increasing shear 
rates between 1 and 15 000 s-1. No studies could be 
found in literature concerning the determination of 
shear rates in LCM processes. The maximum shear 
rate range of the rheometer is therefore chosen. The 
shear thinning behavior of the epoxy resin is 
measured at 20, 30, 35 and 40 °C. To account for 
possible curing effects, these measurements are 
conducted 15, 30 and 45 minutes after mixing. 
According to the manufacturer’s specifications, the 
pot life of the epoxy is around 60 minutes at 30 °C. 
The Newtonian behavior of the silicon oil is verified 
at 25 °C. A viscosity profile between 10 and 30°C is 
further determined for the analysis of the 
permeability tests. 
 
3.3 Filling studies 
The entire setup described in section 2.3 (Fig. 1) is 
installed in an oven to control specific mold 
temperatures and exclude perturbations caused by 
varying room temperatures. The inlet of the mold is 
connected to a pressure pot outside the oven 
whereby the outlet of the mold is completely inside. 
In preliminary studies it was proven that the mold 
temperature dominates the resin temperature. The 
latter exhibits mold temperature after only a few 
seconds for an adjusted temperature difference 
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between the injected resin and the mold of 35 °C.  
The channel flow experiment is started by opening 
the injection gate as soon as the pressure in the 
pressure pot is adjusted and after 1 hour when the 
whole mold is at a uniform temperature in the oven. 
All experiments are carried out at constant injection 
pressures for either 1 hour or until the flow front 
reaches the outlet. The flow front progression is 
monitored by a video camera installed above the 
transparent mold. The experimental setup is 
schematically shown in Fig. 2. 
 
3.4 Experimental design 
The basic parameters in vibration assisted RTM 
processes for a specific layup are considered to be 
injection pressure pinj, mold temperature T, 
frequency f and stiffness of the spring coils c. Their 
influences on the resin flow velocity are investigated 
in filling studies as described in section 3.3. Since 
the temperature primarily influences the viscosity of 
the resin, effects of different temperatures are 
principally studied in rheological measurements 
performed before the filling studies (see section 3.2). 
Channel flow experiments at specific temperatures 
based on these results are performed for validation 
purposes of the rheological investigations and are 
compared to reference measurements without 
vibration. Possible effects of all of the other 
parameters are investigated in screening experiments 
using a two-level fractional factorial 2k-1 design with 
a resolution of III as suggested in [10] for 
experiments with a high number of possible factors 
k. The two levels of the specific factors k are listed 
in Tab. 1. 
 
4 Results and discussions 
 
4.1 Permeability measurements 
The results of the permeability measurements are 
shown in Tab. 2 for the two different injection 
pressures. The permeability measured at 2 bars 
injection pressure is lower than the value measured 
at 3 bars. This meets the expectations since higher 
injection pressures lead to increased mold deflection 
and consequentially lower overall FVC [9] while 
lower FVC lead to higher permeability values [1]. 
The actual FVC is determined for each preform 
based on its weight and the mean values are given in 
the brackets of Tab. 2 together with the target values 
calculated for a mold with infinite stiffness and the 

areal weight of the applied weave according to the 
manufacturer’s datasheet. Mold deflection has 
neither been considered for calculation of the actual 
FVC. The differences between the target and actual 
FVC are around 0.5 % FVC. 
 
4.2 Rheological measurements 
The viscosity curves for the various temperatures of 
the manually mixed resin 30 minutes after mixing 
are shown in Fig. 3 together with the curve of the 
silicon oil representing a Newtonian fluid. The 
different viscosity levels are explained by the 
different temperatures with the lowest viscosity 
being measured at the highest temperature. With the 
exception of the curve at 40 °C, all of the curves 
generally exhibit shear thinning behavior at low 
shear rates. Each of these curves can be divided into 
three regions. The fluid behavior is described as 
shear thinning according to the literature [11] for 
shear rates between 1 and 100 s-1 and for those 
above 1 000 s-1. The resin behaves as a Newtonian 
fluid at values between 100 and 1 000 s-1 and also at 
40 °C. Consequently, the shear thinning behavior of 
the epoxy resin depends on the processing 
temperature at lower shear rates and does generally 
not change during curing. The latter is shown in Fig. 
4, where the viscosity curves at 30 °C are exhibited 
at different times after mixing. The increasing 
viscosity levels of the curves are attributed to the 
ongoing curing reaction. 
 
4.3 Filling studies 
Filling studies based on the results of the rheological 
measurements are performed at 30 °C and 40 °C. 
The former temperature is chosen to investigate the 
influencing parameters of vibration assisted RTM 
processes and the latter to prove that the effect of an 
enhanced flow in vibration assisted LCM processes 
is due to the shear thinning behavior of the epoxy 
resin. 
Fig. 5 presents the results of the filling studies. 
Firstly, the flow front progression is faster in the 
case of a higher injection pressure of 3 bars 
compared to the trials at 2 bars and consequently 
meets the expectations. As can be seen in the upper 
curves, one set of parameters leads to an enhanced 
flow for both levels of injection pressure. The stiffer 
coil springs are applied in both cases but at different 
frequencies. A frequency of 60 Hz at 2 bars injection 
pressure and a frequency of 10 Hz at 3 bars are seen 
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to be most beneficial. In contrast to the static trials, 
no enhanced flow is measured for the trials with the 
weak coil springs. Although it can initially be 
concluded that stiffer coil springs should be chosen 
in vibration assisted LCM processes, a different 
scenario emerges when the resulting amplitudes of 
the swinging motions are calculated. Fig. 6 shows 
the vibration response of the setup for the different 
coil springs when the model of a simple mass 
oscillator is assumed. A high frequency combined 
with a low amplitude is most beneficial for the 2 bar 
injection pressure experiments, while a low 
frequency combined with a high amplitude is 
preferable at 3 bars. Consequently, the two 
parameters of frequency and amplitude generally 
influence the creation of additional shear rates in the 
liquid matrix and interact with the applied injection 
pressure. Additional experiments are needed to draw 
further conclusions about the significance of the 
detected interactions [10]. Nevertheless it can be 
stated, that the effectiveness of vibration assistance 
with respect to a faster flow front progression 
amounts to 25 % for the 2 bar trial and 17 % for the 
3 bar trial compared to the static cases, where the 
times until the flow fronts touch the farthest position 
amount to 3500 s and 3200 s, respectively. 
The experimental data fit well with the theoretical 
function of Eq. 3 which describes the flow front 
progression for experiments with constant injection 
pressure. This is further shown in Fig. 5 by the fitted 
line of the fastest trials. It therefore seems 
reasonable to use Eq. 4 for the determination of the 
apparent viscosity during mold filling. The results 
for the experiments with 2 bars injection pressure 
are shown in Fig. 8. The lowest viscosity is 
determined for the fastest trials and is about 20 % 
lower than the viscosities in the reference trials and 
trials without any effect of vibration assistance. 
These values coincide with the viscosity values 
measured in the rheometer at 30 °C. Conclusions 
about the apparent shear rates based on the 
rheological data cannot however be drawn due to the 
long duration of the filling studies and the resulting 
changes in viscosity due to curing. Furthermore, 
local mold deflections are not considered in this 
approach. The overall permeability value of Tab. 2 
is used for the calculation of the resin viscosity 
according to Eq. 4. 
The experiments with the biggest effect are repeated 
at 40 °C and compared with the static trials at the 

same temperature. The results are shown in Fig. 7 
and indicate no enhanced flow due to vibration 
assistance. Consequently, the higher resin velocities 
of Fig. 5 can be related to the shear thinning 
behavior of the epoxy resin at temperatures below 
40 °C as the rheological investigations suggest 
(compare Fig. 3). 
 
5 Conclusions 
The paper presented here proves that shear thinning 
epoxy resins provide the opportunity for faster mold 
filling by introducing additional shear rates. In this 
work, it is achieved by a vibration engine mounted 
to the mold with the entire setup being supported by 
coils springs. The flow behavior of the applied 
epoxy resin is analyzed in a rheological study. It is 
discovered, that the shear thinning behavior depends 
on temperature. Newtonian behavior at low shear 
rates only exists above a certain temperature of the 
investigated resin system. Filling studies based on 
these results are performed which demonstrate that 
both, the frequency and the amplitude of the 
vibration motion influence the resin flow. For 
constant injection pressures of 2 and 3 bars the time 
until the flow front touches the farthest position in 
the filling study is reduced by 25 and 17 %, 
respectively. It is further demonstrated that the faster 
flow front in vibration assisted LCM processes can 
be related to the shear thinning behavior of the resin 
at lower shear rates. 
In the future, the determination of shear rates in 
LCM processes will be addressed by flow 
simulations. Knowledge of the natural mean shear 
rate during infiltration without vibration assistance is 
seen as essential for deciding whether additional 
shear rates lead to decreased viscosities based on the 
viscosity curves determined in the rheometer. 
Moreover, the discovered interactions between 
process parameters such as injection pressure, 
frequency and the amplitude of the vibration 
motions will further be investigated. Thereto, a 
stiffer mold will be designed in order to reduce the 
influence of mold deflections on the filling studies 
and process value.  
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Figures 

 
Fig. 1: Vibration assisted standalone RTM tool. 

 

 
Fig. 2: Experimental setup. 
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Fig. 3: Viscosity curves of the silicon oil and the 
investigated epoxy resin at various temperatures. 
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Fig. 4: Viscosity curves at different times after 
mixing. 

 

 
Fig. 5: Flow front progression over time at 30 °C. 
The error bars represent the standard deviation. 
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Fig. 6: Vibration response of the setup for the 
different coil springs. 
 

 
Fig. 7: Flow front progression over time at 40 °C. 

 

 
Fig. 8: Calculated mean viscosities in the filling 
studies with 2 bars injection pressure. The error bars 
represent the standard deviation. 
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Tables 
 

Factors 
Levels 

pinj 

[bar] 
f 

[Hz] 
c 

[N/m] 

High 3 10 230 472* 
Low 2 60 74 784** 

* cstiff 
** cweak 

Tab. 1: Design variables and levels. 

 
pin [bar] 2 3 

K (63.07*) [m²] 5.24E-12 m² 
(63.60 %**) 

7.73E-12 m² 
(63.59 %**) 

* Target FVC for the given number of layers N 
** Mean FVC based on the preform weight 

Tab. 2: Permeability values for the two different 
injection pressures. 
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1 General Introduction  

Reconfigurable structures have been a topic of much 

research in recent years including candidate 

materials and systems used to cover them, aka 

‘skins’.  It has also been proposed that the skin 

covering structures such as the wing of a 

reconfigurable aircraft, satellite, wind turbine, or 

ship hull could be made of a cellular structure filled 

with a variable stiffness material, such as 

honeycomb filled with shape memory polymer 

(SMP).  With individually addressable and defined 

cells a skin of honeycomb filled with SMP could be 

designed to provide a wide range of structural 

properties.  [1-5] 

To aid in the design and optimization of such a 

cellular skin, it is helpful to develop an accurate 

analytical model of the system.  Such a model could 

be used to calculate in-plane composite mechanical 

properties such as Young’s modulus, shear modulus, 

and Poisson’s ratio which can in turn be used to 

calculate deflection of the skin under load.  While 

there are many models that predict the properties of 

unfilled honeycomb, see Table 2, few predict the 

properties of filled honeycomb.  Moreover, those 

that do are only accurate at very low infill moduli. 

For comparative purposes, four models predicting 

the unfilled Young’s modulus of honeycomb 

following the general Eqns. (1) are listed in Table 2 

with variable definitions shown in Fig. 1 and Table 

1.   
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(1) 

 

 

Ec0 and Ec/2 are Young’s moduli in the 0 and /2 

directions of the composite (or honeycomb if Ei is 

zero), Eh and Ei are the Young’s moduli of the 

honeycomb and infill material, and B1, B2, D1, and 

D2 are geometric coefficients listed in Table 2. 

 

 

Fig. 1. Honeycomb and unit cell geometry and 

dimensions 

Table 1. Experimental honeycomb geometry 

Geometry 

Parameter 
Value 

a (mm) 5.251 

l (mm) 9.334 

d (mm) 0.044 

c (mm) 6.387 

θ (radians) 0.7987 

 

Table 2 lists several models predicting Young’s 

modulus for unfilled honeycomb.  The first set of 

coefficients, by Masters and Evans, calculates the 

modulus of empty honeycomb by first calculating 

deflection, axial strain, and shear using beam theory 
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separately for each member within the unit cell 

before combining them into a single equation. [6] 

This results in the lowest predicted Young’s 

modulus for the studied honeycomb geometry listed 

in Table 1; see Table 3.  The remaining models for 

unfilled honeycomb are variations of this theory, 

differing only in the assumptions used and neglected 

terms.  

Table 2. Unfilled honeycomb model coefficients 

 B1 D1 

Masters 

and 

Evans* 
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Table 3. Unfilled honeycomb moduli 

 Young’s Modulus (Pa) 

 E0 E/2 

Masters and Evans 2.62e4 8.94e3 

Abd El-Sayed 2.62e4 8.95e3 

Gibson and Ashby (simple) 2.62e4 8.95e3 

Gibson and Ashby (full) 7.15e4 2.10e5 

 

For filled honeycomb, Abd El-Sayed et al derived a 

mechanics model using internal strain energy of the 

infill and Castigliano’s methods for deformation of 

the honeycomb, the corresponding coefficients for 

which are listed in Table 4. [8] A composite 

modulus is calculated by forcing the global 

deformation of the honeycomb and infill to be equal.  

Their work is the earliest presented and the basis for 

many other honeycomb models, including the often 

cited models by Gibson and Ashby.  The work 

predicts Young’s modulus in two directions as well 

as Poisson’s ratio in the elastic, elasto-plastic, and 

plastic deformation regions for both unfilled and 

filled honeycomb.  The model is shown to correlate 

well with experimental data with an infill modulus 

more than four orders of magnitude lower than that 

of the honeycomb.  The equations shown in Table 2 

and Table 4 were re-derived using the methods of 

Abd El-Sayed due to typos in the original articles.   

Table 4. Filled honeycomb model coefficients 

 B2 D2 

Abd El-Sayed  
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There have been numerous other works presented 

involving the modeling and experimental and FEA 

validation of filled and unfilled honeycomb and 

other cellular structures, some of which include 

those by: Burton [9], Zhu [10], Murray [11], 

Najamoto [12], Klintworth [13], Burlayenko [14], 

Schwingshackl [15], Henry [16-17], Guo [18], and 

Chen [19-20].  Due to the complexity of modeling 

filled honeycomb analytically however, these studies 

have been limited to FEA analysis which have 

limited use in optimization. 
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2 Model Derivation 

The representative skin proposed here is comprised 

of aluminum alloy 3003 honeycomb purchased from 

McMaster-Carr filled with an epoxy SMP developed 

by General Motors. [21] The epoxy SMP has a hard 

state Young’s modulus, 1.04E9 Pa , approximately 

one and a half orders of magnitude lower than that 

of aluminum, 7.31E10 Pa , and a soft state modulus,  

1.65E7, three and a half orders of magnitude lower.  

The geometric parameters of the aluminum 

honeycomb are listed in Table 1. 

Filled honeycomb models available in the literature 

calculate the internal strain energy of the honeycomb 

and infill materials separately.  If the global strain of 

each component is forced to be equal, the total strain 

energy can be calculated which can then be used to 

calculate constitutive properties of the composite.  

However, this approach neglects the mechanistic 

nature of the composite, specifically the mechanical 

advantage of the force exerted on the slender beams 

of the honeycomb by the infill under strain.  To 

account for these mechanistic effects, the proposed 

model applies forces generated by strain in the infill 

directly to the beams of the honeycomb.  

Castigliano’s method is then used to predict the 

force-displacement relationship of the beams within 

the unit cell.  Thus the internal strain energy of the 

infill is not calculated directly; rather the effect of 

the infill on the deformation of the honeycomb is 

calculated.  The tensile modulus of the composite 

can then be calculated knowing the dimensions of 

the unit cell. 
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In Equations (2) through (5), the subscript c 

represents the composite while the subscripts 0, 

/2, 

θ, and θ+

/2 designate the angle of interest α, shown 

in Fig. 1.  The full derivation of Eqns. (2) through 

(5) including the force-displacement relations is 

shown in Appendix 1. 

It should be noted, however, that the selection of a 

unit cell with periodic boundary conditions is neither 

arbitrary nor its existence guaranteed for all angles α 
or all geometries.  The proposed method is subject to 

the geometric limitations listed in Eqns. (6). 
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Eqns. (6) are generated by restricting the unit cell to 

encompassing one full honeycomb including one 

member of length a, width d2, and two members of 

length l, width d1.  At extreme angles of θ and ratios 

of a/l this criteria cannot be satisfied.  An example 

of a non-compliant geometry is shown in Fig. 2 

with the non-compliant part highlighted. 

 

 

Fig. 2. Non-compliant honeycomb geometry 
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3 Experimental Procedures 

To validate the derived model, the Young’s modulus 

of the composite was obtained experimentally for 

several directions.  All samples were nominally 130 

mm wide, 250 mm long, and 6.4 mm thick.  The 

empty aluminum honeycomb was cut to size using 

scissors and a template and etched for 10 minutes in 

a 17.5% Nitric acid solution bath to promote 

adhesion with the polymer.  A 70% Nitric acid-water 

solution was diluted 3-1 with water.  The etched 

aluminum was then placed in a Teflon® mold and a 

small amount of polymer, mixed per GE’s 

instructions [21], poured into the bottom to create a 

seal isolating the individual cells of the honeycomb.  

The composite was then placed in a 100 °C oven for 

1 hour.  Additional SMP was then poured into 

alternating rows of cells filling the honeycomb and 

placed back in the oven for an additional hour.  

Finally, the remaining cells were filled with SMP 

and the complete composite was cured at 100 °C for 

3 more hours.  This multi-step filling process differs 

from GM’s proposed cure procedure and was 

developed to prevent cracking or delamination of the 

SMP due to contraction during curing. 

The width, thickness, and gage length of each 

sample was measured with calipers or a micrometer.  

The width of empty honeycomb samples was 

estimated as the average of the widths of each row 

of complete cells.  Partial cells at the edges of the 

empty honeycomb were not included in the width of 

the sample.   

Tensile tests were conducted at 4 mm/min, resulting 

in a strain rate of approximately 1.8 %/min, on a 

screw-driven MTS 1K load frame with a 250 N 

MTS load cell.  Above Tg composite tests were 

conducted with an electrical resistance heater, house 

compressed air, and a custom thermal chamber.  K-

type thermocouples in the thermal chamber and 

attached to the sample were used to monitor 

temperature.  Tests were conducted when the sample 

temperature became stable at 100 °C, approximately 

35 °C above Tg. 

 

4 Model and Experimental Results 

Interpolating between Eqns. (2) through (5) yields 

Young’s modulus of the composite in any direction.  

Fig. 3 and Fig. 4 show the predicted results for the 

empty honeycomb and filled composite above Tg 

respectively. 

 
Fig. 3. Young’s modulus (MPa) for empty 

honeycomb with respect to α (°) 

In Fig. 3 the empty blue circles are the moduli 

predicted by Eqns. (2) through (5), the blue line is a 

cubic interpolation between Eqns. (2) through (5), 

and the solid red dots are experimental data with 

their associated 95% confidence intervals.  Due to 

symmetry, each of the four data points from Eqns. 

(2) through (5) are reflected about the 0 and /2 axis.  

Since θ for the experimental aluminum honeycomb 

is nearly /4, the two data points representing α = θ 

and α = θ+/2 when reflected due to symmetry are 

almost identical.  While the same principle of 

symmetry could also be used to reflect the 

experimental data about the 0 and /2 axis, for 

simplicity they are not.   

Much of the large errors in the experimental data are 

believed to be due to the nature of the honeycomb 

having irregular sides and variability of the 

honeycomb member thickness, d.  The modulus of 

the honeycomb is highly sensitive to the thickness of 

the members which was found to vary between 

honeycomb sheets as well as within each sample by 

as much as 25%.  The average thickness, d, of all 

samples tested at α = /6 is higher than the average 

of all samples at α = /4 by 3% which could 

contribute to the discrepancy between the 

experimental data and presented model.  An angle of 

maximum modulus of α = θ, as predicted by the 

model, is expected.   Aside from typical errors 

associated with the precision of the measurement, 

residual stresses within the polymer as a result of 

shrinkage during curing could also be a significant 

source of variation. 
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Fig. 4. Young’s modulus (MPa) for the composite 

above Tg with respect to α (°) 

The range of moduli predicted for the 

honeycomb/SMP composite above Tg, Fig. 4, is 

much less than that of the empty honeycomb.  The 

SMP filling in effect evens out the directional 

dependence of the stiffness of the honeycomb, 

making it closer to isotropic.  Experimentally 

determined moduli in the 0 and /2 directions 

correlate well with the model. 

With the infill SMP below Tg, the predicted modulus 

distribution is identical to that shown in Fig. 4 only 

with the magnitude shifted higher indicating a stiffer 

material, Fig. 5. 

 

 

Fig. 5. Young’s modulus (MPa) for the composite 

below Tg with respect to α (°) 

Experimentally, the modulus of the composite below 

Tg was found to be nearly identical in the 0 and /2 

directions.  This is expected, since as the modulus of 

the infill approaches the modulus of the honeycomb, 

the result is a solid sheet of uniform stiffness which 

would result in a perfect circle when plotted as in 

Fig. 5.  This indicates that as the infill modulus 

increases, the assumption that the major mode of 

deformation is bending of the honeycomb members 

becomes invalid and a different deformation 

mechanism and different set of governing equations 

dominates the response of the composite.  It can be 

inferred then that the infill modulus of the composite 

in the proposed model must be more than one and a 

half orders of magnitude lower than the honeycomb 

modulus.  It is also shown that the equations are 

accurate for infill moduli at least three and a half 

orders of magnitude lower than the honeycomb 

modulus.   

Table 5 and Table 6 list the predicted moduli for the 

empty and filled honeycomb in both the hard and 

soft states as predicted by Abd El-Sayed, the 

authors, and found experimentally. 

Table 5. Empty honeycomb moduli 

 Young’s Modulus (Pa) 

α 0 /12 /6 /4 /2 

Abd El-Sayed 2.62e4 NA NA NA 8.95e3 

Beblo 2.62e4 2.19e5 5.43e5 6.63e5 8.95e3 

Experimental 6.28e4 5.4±1.9e5 7.3±1.2e5 6.4±0.5e5 1.66e4 
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Table 6. Filled honeycomb composite moduli 

 Temp Young’s Modulus (Pa) 

 °C 0 /2 

Abd El-Sayed 
100  5.29E7 1.80E7 

20 3.33E9 1.14E9 

Beblo 
100 3.13E7 1.07E7 

20 1.97E9 6.72E8 

Experimental 
100 3.0E7 1.07E7 

20 2.22E9 2.04E9 

 

It should be noted that all of the experimental and 

model predicted Young’s moduli listed thus far have 

been for an irregular honeycomb shape, see Table 1.  

For a regular honeycomb, where a = l, θ = /6, and 

d<<a,l,c all of the models listed in Table 2 as well as 

the presented model predict a nearly isotropic 

material for both an empty honeycomb and 

composite.  If the thickness of the honeycomb 

members, d, approaches a, l, or c then the material is 

not nearly isotropic.   

 

5 Conclusions 

Although there remain sources of error, the 

presented model predicts the tensile modulus of 

filled honeycomb better than models currently 

available in the literature and can be used to predict 

the modulus at any angle.  The model is limited as 

the infill modulus approaches that of the 

honeycomb; however as this occurs typical volume 

averaging techniques can be employed. 

Although there is significant uncertainty in the 

experimental data, particularly for the unfilled 

honeycomb, much of the associated error is 

unavoidable, deriving from variability in 

manufacturing and the nature of the geometry of the 

material. 

Since the model is analytic and differentiable with 

respect to the honeycomb geometric parameters a, l, 

d, and θ; the model has the potential to serve as an 

excellent optimization tool.  The model can be used 

to predict the modulus of a filled honeycomb 

composite in any direction and for any honeycomb 

geometry, given certain constraints such as thin 

beams and an infill modulus in the acceptable range.  

As such, the model can be used in design to solve 

for the optimal honeycomb geometry given desired 

deformation and stiffness requirements. 
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Appendix I: Young’s Modulus Derivation 

Assuming the materials are linearly elastic, 

Castigliano’s method is used to calculate deflection 

of the composite; which is then used to calculate the 

tensile modulus.  Castigliano states that the force-

deflection relationship of the honeycomb is:   
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where  is the deflection in the direction and at the 

point of the applied force Fj, m is the number of 

members, N is the axial load, E is Young’s modulus, 

A is the cross-sectional area of the member, M is the 

moment, I is the moment of inertia, k is a geometric 

correction coefficient, V is the shear force, G is the 

shear modulus, T is the torque, and J is the polar 

moment of inertia.  The subscript j represents the 

direction of the deflection being sought; in this case 

either 0, 

/2, θ, or θ+


/2 shown as α in Fig. 1. 

With the unit cell corresponding to an α of 0 shown 

in Fig. 1, the forces on the slanted and axial 

honeycomb segments within the unit cells are 

similar to those shown in Fig. 6 and Fig. 7. 

 

 

 

Fig. 6. Forces on slanted members 

 

Fig. 7. Forces on horizontal members 

 

Where the subscript i indicates a force generated by 

straining the infill and the subscript 0 refers to an 

applied force.  The moment m0 is found such that a 

fixed end condition is imposed. 

The forces due to the infill in each of the four 

directions are: 
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The subscript i indicates a force due to the infill, x or 

y indicates the direction of the force, a or l indicates 

the type of member the force acts on, either slanted 

or horizontal, and the final subscript indicates the 

orientation of the unit cell, α.  The slanted member 

l1 in the θ and θ+/2 directions is the member 

parallel to the α direction while the member 

designated l2 is the remaining slanted member.  The 

remaining dimensions are: 
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Decomposing these forces into directions axial and 

perpendicular to the slanted members result the 

components shown in Fig. 8. 
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Fig. 8. Decomposed forces on slanted members 

From Eqn. (7) and with torque and shear neglected, 

the resulting deflection equations in each of the four 

desired directions are: 
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The subscripts a, l, l1, and l2 indicate the respective 

honeycomb members within the unit cell while the 

subscripts r and s indicate direction as shown in Fig. 

7 and Fig. 8.  In Eqns. (13) and (14) symmetry 

yields δl1 and δl2 are equivalent, thus only one needs 

to be solved for and a factor of 2 applied.  The lower 

case forces in Eqns. (13) through (16) correspond to 

the decomposed forces in Eqns. (8) through (11) in 

the r and s coordinate system.  The individual 

deflection contributions of each member are found 

using Castigliano’s method, Eqn. (7).  The resulting 

total deflections of the unit cell in the four desired 

directions are then: 
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Notice that Eqns. (17) through (20) are not solved 

for the deflections explicitly for clarity since the 

forces due to the infill are dependent upon 

deflection.  The tensile modulus in each of the four 

desired directions is then (repeated from previous) 
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If the effect of the infill is ignored, Eqns. (2) and (4) 

can be simplified and shown to be equivalent to 

those of Abd El-Sayed shown in Table 2.  A spline 

interpolation between Eqns. (2) through (5) is then 

used to estimate the modulus of the 

honeycomb/SMP composite in any direction, 

resulting in Fig. 3. 

Similar methods can also be used to predict the shear 

modulus of the composite as well as Poisson’s Ratio. 
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1 Introduction  

Since their discovery in 1991 [1], carbon nanotubes 

(CNTs) have attracted attentions of a wide range of 

research fields, partly due to their exceptional 

mechanical and electrical properties. CNTs are stiff 

and strong, exhibiting Young’s modulus in a range 

of 1-2 TPa and fracture stress as high as 50 GPa [2, 

3], yielding a density-normalized strength ~50 times 

larger than that of steel wires. The graphene-like 

wall structure also endows CNTs with high electrical 

conductivities that associate with the in-plane 

properties of graphene [4]. Among the endeavors to 

explore applications of CNTs in devices, one of the 

most successful is developing the CNT films. Free-

standing CNT films, commonly referred to as 

buckypaper [5], is a macroscopic planar structure 

comprising of entangled or assembled CNTs [6, 7]. 

In a format unlike the individual CNTs, this porous 

fibrous material has been developed with the aim to 

exploit and homogenize the excellent properties of 

CNTs, e.g., the superior mechanical and electrical 

properties, from a nano-scale to a macro-scale, for 

various engineering applications. 

Buckypaper can be infused with resin and 

manufactured into composites, or easily be 

incorporated into conventional fiber-reinforce 

composites [8]. Unlike the composites with CNTs 

dispersed in the matrix, buckypaper based 

composites can achieve a much higher concentration 

of CNTs and high conductive tube networks to 

maximize the electrical conductivity and mechanical 

property, as well as the microwave absorption. This 

provides a new technical approach toward realizing 

microwave absorption/structural multifunctional 

composites, which can be potentially applied in the 

airspace industry. To achieve this goal, buckypaper 

with better mechanical, electrical and microwave 

absorption properties are needed. 

Among the techniques for fabricating buckypaper, 

the vacuum filtration is one of the most widely used 

wet approaches and closest to structural applications 

as it can be conveniently scaled and are compatible 

of a wide variety of substrates [9]. Compared with 

other wet approaches, it is even more attractive for it 

can (1) cost-effectively adjust the film homogeneity 

by the filtration process itself [6], (2) precisely 

control the film thickness by the filtration time and 

CNT solution concentration, (3) be conveniently 

applied to various or mixed types of CNTs and 

carbon nano-fibers [10], and most importantly, (4) 

provide large room for modification of the nano-

components. However, to date, this remarkable 

structure generated from vacuum-filtration still has 

not taken full advantage of the superior mechanical 

and electrical properties of CNTs. This has been 

ascribed by researchers to the lack of effective stress 

and current transfer mechanisms between CNTs. 

According to Sastry’s theory [11], the mechanical 

performances of a large class of porous, fibrous 

materials are largely dominated by the stress transfer 

abilities of the network joints. A finite element 

simulation on CNT networks conducted by Berhan 

et al. [12], with special emphasis on the tube joint 

morphologies, also established that the mechanical 

properties of the buckypaper were determined by the 

nature of the joints between individual tubes. 

However, a conventionally produced buckypaper, 

inter-tube interactions of which were primarily weak 

van-der-Waals forces and mechanical entanglements, 

possessed Young’s modulus less than 1 % of the 

individual CNTs [12]. Researchers also found that 

the high contact resistance between CNTs limited 

the realization of high conductivity in the 

buckypaper and the increase of inter-tube contacts 

can reduce the contact resistance [13]. 

In this context, covalent bonded cross-linking of 

CNTs is a reliable way to improve the mechanical 
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and electrical properties of the buckypaper, for the 

inter-tube linker can act as an effective stress and 

current transfer medium between CNTs [14]. Using 

an atomic force microscope, a 30-fold increase of 

the bending modulus of a CNT bundle was observed 

by Kis et al. [15], due to the inter-tube cross-linking 

generated by the moderate electron-beam irradiation 

inside a transmission electron microscope. Ventura 

et al. and Cha et al. introduced inter-tube cross-

linking into the CNT network structures [16, 17], 

and observed an obvious enhancement of tensile 

strength, bringing the buckypaper closer to practical 

applications. However, two critical issues still need 

to be addressed for fabricating the cross-linked 

buckypapers with significantly improved mechanical 

performance, as well as electrical property. First, 

both the chemical functionalization and beam 

irradiation damaged the intrinsic structure of the 

CNT, compromising its key characteristic properties, 

e.g., high Young’s modulus and electrical 

conductivity along the tube axis. Second, in the 

buckypaper fabricated by Ventura et al. and Cha et 

al. [16, 17], the cross-linking of CNTs was 

conducted in the CNT solution, and then the cross-

linked CNT solution was filtrated to obtain the 

buckypaper. The CNT aggregation in the solution 

generated from the cross-linking was a problem and 

reduced the homogeneity of the produced CNT 

networks, which was critical to the bulk 

performances of the buckypaper. 

In the present study, commercially available plasma 

purified and functionalized CNTs were chosen, 

because plasma functionalization is an effective way 

to graft chemical groups onto the CNT surfaces 

without significantly damaging the CNT structures 

[18]. The CNTs were dispersed in solution, and then 

cross-linked through a substitution reaction by 

introducing the inter-tube linker of 1,4-

benzoquinone. The linker of 1,4-benzoquinone with 

a conjugated structure was specially chosen with the 

aim of increasing the inter-tube electron transfer 

abilities [19]. Influence of the in-solution cross-

linking of CNTs on the tube aggregation degree was 

evaluated. More importantly, in order to avoid 

increasing the CNT aggregations in the solution, an 

in-situ cross-linking technique as schematically 

shown in Fig. 1 was developed to connect individual 

CNTs in the buckypaper. In this technique, a pristine 

buckypaper without obvious CNT aggregations was 

firstly fabricated by a pressurized filtration 

technique, and then the pristine CNTs within the 

buckypaper were in-situ cross-linked by further 

filtering a 1,4-benzoquinone aqueous solution 

through the as-fabricated buckypaper. Mechanical 

and electrical properties of both in-solution and in-

situ cross-linked buckypaper were investigated. 

 

2 Experimental 

2.1 In-solution Tube Cross-linking 

Multi-walled carbon nanotubes (MWCNTs) with 

diameters ranging from 13-18 nm and lengths 

ranging from 1-12 m, were supplied by Cheap 

Tubes Inc., USA. The MWCNTs were plasma 

purified and functionalized, with -NH2 content of 

about 7 wt% on the tube surfaces. In a typical 

process of cross-linking CNTs in the solution, 

MWCNTs (20 mg, with ~8.75×10-5 mol -NH2) was 

added to a well-stirred solution of 1,4-benzoquinone 

(5 mg, ~4.63×10-5 mol, purchased from Sigma-

Aldrich, UK) in methanol (100 ml) at room 

temperature. The solution was stirred for various 

periods of time, after which the suspension was 

filtered, washed and vacuum dried at 80 °C for 12 h. 

 

2.2 Solubility Measurement of the In-solution 

Cross-linked MWCNTs 

Water of pH 1, 3, 5, 7, 9, 11 and 13 was prepared by 

adding HCl or NaOH with a pH meter monitoring 

the pH values. Then, the in-solution cross-linked 

MWCNTs (0.5 mg) of different reaction time were 

added to the water (10 ml) with different pH 

followed by a sonication bath for 5 min. The low 

density sonication was used since the strong tip 

sonication would break the inter-tube cross-linking 

and even the CNT structures [20]. The MWCNT 

aqueous solution was left still, and zeta potential of 

each solution was measured as a function of pH 

values to quantitatively evaluate the solubility of the 

MWCNTs. The Malvern Zetasizer NanoZS of 

Malvern Instruments was used for the measurement 

of zeta potentials of the solutions. 

 

2.3 Buckypaper Fabrication 

Same amount of pristine and in-solution cross-linked 

MWCNTs (20 mg) were dispersed in water (1000 
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ml) with the addition of 0.5 wt% Triton X-100 by 

the process of stirring and sonication bath, 

respectively. Then, the buckypapers were prepared 

by filtering the solution through a cellulose acetate 

(CA) syringe filter (Supatop Syringe Filter, 0.45 μm, 

33 mm, Anachem) using a programmable syringe-

pump (Aladdin AL-100, World Precision 

Instruments). After the solution filtration, plenty of 

water was subsequently filtered through the filter to 

wash away the residual surfactant. Then the 

buckypaper was dried and immersed into acetone 

bathes for several times to ensure complete removal 

of the CA filter. The obtained free-standing 

buckypaper was vacuum dried at 80 °C overnight, 

before cutting into rectangular strips for the 

mechanical and electrical tests. 

 

2.4 In-situ Inter-tube Cross-linking 

For the in-situ cross-linking, the as-prepared 

buckypaper was washed and kept in the filter. Then, 

a 1,4-benzoquinone solution was prepared by 

dispersing1,4-benzoquinone (5 mg) in water (1000 

ml) with a sonication bath. The in-situ inter-tube 

cross-linking was conducted by filtering the 1,4-

benzoquinone solution through the as-prepared 

buckypaper for various periods of time. During the 

filtration, air bubbles were introduced intentionally 

into the filtration setup (Fig. 2a), as required by the 

cross-linking chemical reactions. After the filtration, 

the in-situ cross-linked buckypaper was washed, 

removed from the filter, and dried. 

 

2.5 FTIR and TGA Characterization 

Fourier transform infrared (FTIR) spectroscopy was 

employed to investigate the functional groups on the 

walls of MWCNT before and after inter-tube cross-

linking, in air at room temperature, on a Perkin 

Elmer Spectrum-100 FTIR spectrometer. The degree 

of functionalization was characterized by thermo 

gravimetric analysis (TGA). The TGA test was 

conducted at a ramp rate of 10 °C/min in the 

presence of air. 

 

2.6 Scanning Electron Microscopy 

The buckypaper micro-morphologies were 

investigated using a field emission scanning electron 

microscopy (SEM, JEOL JSM-6330F) operated at 

an accelerating voltage of 10 kV. Pore diameter 

distributions of the buckypapers cross-linked with 

two techniques were analyzed following the method 

described in our previous study [21], using an image 

analysis program (Image-Pro Plus 6.0). 

 

2.7 Mechanical and Electrical Measurements 

Tensile strength measurement of the buckypaper 

strips (25 mm ×3 mm) were carried out using an 

Instron 3343 tensile apparatus with a load cell of 10 

N, at a constant loading speed of 0.1 mm/min. For 

the Poisson’s ratio measurement, the buckypaper 

specimen surfaces were coated with reflective 

micro-particles for marking positions. Movements of 

these particles were recorded during constant-rate 

deformation using a single video camera (SONY 

XCD-X710). Then an image correlation software 

(Imetrum Video Gauge) was used to derive the 

relative displacements of the particles per moved 

frame and corresponding strains in lateral and tensile 

directions. Electrical conductivities of the 

buckypaper strips (10 mm ×8 mm) were obtained 

using a Keithley 2410 1100 V source meter and a 

commercial four probe test plate. 

 

3 Results and Discussion 

3.1 Cross-linking Processes of Buckypaper 

The MWCNT buckypaper was prepared by syringe-

filtering the MWCNT solution through a syringe 

filter using a programmable syringe-pump. The 

pressurized syringe filtration technique was utilized 

for it is much quicker than the conventional vacuum-

filtration technique, and produced buckypaper with 

denser MWCNT networks, as well as better 

mechanical and electrical properties. Another 

advantage of the syringe filtration technique is that it 

is programmable and flow rate of the filtration can 

be precisely controlled. 

As schematically illustrated in Fig. 2a, the in-situ 

cross-linking of the buckypaper was conducted by 

filtrating the 1,4-benzoquinone solution through the 

as-prepared buckypaper at a speed of ~0.2 mL/min. 

Chemical reaction scheme for the inter-tube cross-

linking is shown in Fig. 2b [22]. Though the 

minimum energies calculated by Dmol3 of Materials 
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Studio® for 2,5-bis(amino)1,4-benzoquinone and 

2,6-bis(amino)1,4-benzoquinone were very close, 

the steric factors arising from the substituent effect 

predominated in the reactions and led to only 2,5-

diamino MWCNT 1,4-benzoquinone [23]. 

FTIR spectra of the pristine and cross-linked 

MWCNTs with labeled bonds are shown in Fig. 3a. 

The presences of asymmetric and symmetric N-H 

stretching absorptions (peaks at approximately 3300 

cm-1) and N-H bending vibrations (peaks at 

approximately 1600 cm-1) indicated the presence of 

primary amine groups on the pristine MWCNT walls, 

agreeing well with the datasheet. Also the presence 

of the adsorption peaks at approximately 1600 and 

3200 cm-1 suggested that secondary amine groups on 

the cross-linked MWCNT walls exist [24]. The 

adsorption peaks corresponding to C-OH, O-H and 

C=O bonds also confirmed that the introduction of 

1,4-benzoquinone generated cross-links between 

different MWCNTs. The degree of functionalization 

was further characterized by the TGA. A typical 

TGA test result is shown in Fig. 3b. From the TGA 

curves it can be seen that the structures of the 

MWCNTs after plasma functionalization are still 

nearly integrated since the weight loss is quite low 

(~12 wt% at 1000 °C), much less than that of the 

amino-functionalized CNTs by the diazotization 

method [25]. Additionally, an extra weight loss of 

about 2 % at 800 °C for the cross-linked CNTs can 

also be observed. By assuming that the extra weight 

loss was caused by the loss of the linker of 1,4-

benzoquinone, the degree of functionalization can be 

calculated to be that about one tenth of the -NH2 

groups on the tube walls were cross-linked. 

Electrical potential on the particle surface, known as 

the zeta potential, can be used as an indication of the 

potential stability of a dispersion system. If all the 

particles in the dispersion have a large negative or 

positive zeta potential, the considerable electrostatic 

repulsion within particles will prevent the 

aggregations of the particles. However, if the 

particles have low zeta potential values, then the 

surface charge may not be able to overcome the van-

der-Waals forces between particles, resulting in a 

high degree of aggregations. The general dividing 

line between stable and unstable dispersions is 

generally taken at either +30 mV or -30 mV as 

described in ASTM Standard D 4187-82. Particles 

with zeta potentials more positive than +30 mV or 

more negative than -30 mV are normally considered 

stable; while particles with zeta potential between -

30 mV and +30 mV are considered unstable and will 

precipitate sooner or later depending on the density 

of the aggregations of particles [26]. Hence, to 

quantitatively predict the stability of MWCNTs in 

the aqueous solution, zeta potentials of the pristine 

MWCNTs and MWCNTs cross-linked for various 

periods of time were measured in this study (shown 

in Fig. 4a). As it can be seen in Fig. 4a, zeta 

potential of the pristine -NH2 functionalized 

MWCNTs fell in <-30 mV or >+30 mV over a wide 

range of pH values of the aqueous solution, 

indicating that the pristine amino-MWCNTs can 

form a homogenous and stable dispersion in water. 

However, after the inter-tube cross-linking process, 

zeta potential of the MWCNTs aqueous solution 

tends to fall in between -30 mV and +30 mV, and as 

the cross-linking reaction time increases, the zeta 

potential approaches to zero mV, indicating an 

increasing degree of the MWCNT aggregations. 

Being filtered, the increased aggregations brought in 

by the MWCNT cross-linking will have a negative 

impact on the homogeneity of the obtained 

buckypaper. Typical SEM images of the buckypaper 

fabricated by the two techniques of in-solution and 

in-situ cross-linking are shown in Fig. 4b and c. 

Obvious tube aggregations can be observed in the 

in-solution cross-linked buckypaper, while for the 

in-situ cross-linked buckypaper, the aggregations are 

few. A more quantitative analysis of micro-

structures of the buckypaper was conducted by 

examining the SEM images with an image analysis 

program [21], and the obtained apparent pore size 

distribution histograms are presented in Fig. 4d. All 

the histograms were fitted with a lognormal 

probability density function [27]. From the fitted 

lognormal distribution curves, it can be clearly 

observed that the in-situ cross-linked buckypaper 

has a much narrow distribution of pore sizes, 

indicating rather more homogeneous microstructures 

than the in-solution cross-linked buckypaper. 

Another problem of the in-solution cross-linking 

technique lay in that the cross-linking of MWCNTs 

in the solution occurred mainly inside the tube 

bundles or aggregations, where the tubes were 

packed closely enough for the inter-tube bridging. 

This type of cross-linking contributed little to the 

mechanical performances of the bulk buckypaper. 

While for the in-situ cross-linking technique, the 

tubes were randomly distributed, and the abundant 
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tube junction joints were perfect candidate cross-

linking locations. Stress transfer abilities at these 

locations directly affected the mechanical 

performances of the bulk tube networks [11]. 

 

3.2 Tensile Property and Electrical Conductivity 

of the Buckypaper 

Tensile strength, modulus and Poisson’s ratio of the 

buckypaper were tested and the results are shown in 

Fig. 5. It was observed that the buckypaper cross-

linked in-solution was more brittle than the pristine 

one (Fig. 5a). The reduced ultimate-strain of the 

buckypaper cross-linked in solution was presumably 

due to the inhomogeneous tube networks resulted 

from the high degree of tube aggregations. But the 

cross-linking within MWCNT bundles/aggregations 

still increased the overall inter-tube stress transfer 

abilities, hence, resulted in the slightly higher tensile 

strength. Compared with the tensile strength and the 

ultimate strain of the buckypaper cross-linked in 

solution, the properties of the in-situ cross-linked 

buckypaper were increased significantly, indicating 

that the in-situ cross-linking process was much more 

effective in improving mechanical properties of the 

bulk buckypaper owing to the fact that the cross-

linked MWCNT joints randomly distributed over the 

whole buckypaper effectively increased the inter-

tube stress transfer abilities. Tensile strength of the 

buckypaper cross-linked for various periods of time 

is shown in Fig. 5b. As the reaction time increasing, 

the degree of inter-tube cross-linking increased. 

Hence, the tensile strength of the in-situ cross-linked 

buckypaper increased. After reacting for about 16 h, 

-NH2 groups on the MWCNT surfaces have been 

nearly depleted, and the tensile strength of the 

buckypaper tends to reach a plateau with high value. 

When it came to the in-solution cross-linked 

buckypaper, the tensile strength of the buckypaper 

only increased to a limited extent, because the cross-

linking mainly occurred inner tube 

bundles/aggregations. 

In-plane Poisson’s ratio of the randomly oriented 

buckypaper mainly depended on its micro-structures. 

It can be tuned to either positive or negative values 

by changing the mixing ratio of single-walled or 

multi-walled CNTs [28]. The results in this study 

showed that the Poisson’s ratio of the buckypaper 

can also be tuned by the inter-tube cross-linking of 

CNTs as shown in Fig. 6a. For the in-solution cross-

linked buckypaper, the inner bundle/ aggregation 

cross-links exerted little influence on the bulk 

structures, exhibiting nearly constant Poisson’s 

ratios for different reaction time. In contrast, the 

Poisson’s ratios of the in-situ cross-linked 

buckypaper changed from positive to negative as the 

reaction time increased. A simple model (as shown 

in Fig 6b) was developed to predict the observed 

negative and positive in-plane Poisson’s ratios of the 

buckypaper before and after in-situ cross-linking 

process. With the solvents volatilizing, CNT yarns 

tend to shrink due to the capillary forces, which can 

be described according to the Young-Laplace 

equation [29]. The tube yarn shrinkage leads to 

dumbbell-like tube bundles, with looser ends and a 

tighter middle, as schematically shown in Fig 6b. In 

a pristine buckypaper, when it is stretched, tubes 

overlap on a tube bundle will slide against the 

bundle with weak inter-tube van-der-Waals forces, 

and the bundle is stretched to a tight yarn with a 

positive Poisson’s ratio (Fig 6b). However, in an in-

situ cross-linked buckypaper, joints between the 

tubes overlapped and the bundles are cross-linked 

(Fig 6b). And the tube network is similar to the re-

entrant honeycomb with negative Poisson’s ratios as 

shown in Fig 6b [30]. When it is stretched, the 

middle segment expands, and as a result, the 

Poisson’s ratios of the in-situ cross-linked 

buckypaper change from positive to negative as the 

degree of cross-linking increases. 

Electrical conductivities of the pristine buckypaper 

and buckypapers cross-linked by the two different 

techniques at room temperature are shown in Fig 7. 

Electrical conductivity of the buckypaper is much 

smaller than that of the individual CNT, for in the 

CNT networks the electrical conductivity is limited 

by the inter-tube contact resistance [31]. In the in-

situ cross-linked buckypaper, the conductivity 

increased for that the cross-linking led to forming a 

huge amount of inter-tube contact points. After the 

cross-linking process, the inter-tube linker of 1,4-

benzoquinone with a conjugated structure, together 

with the graphene-like CNT wall structures, formed 

a large conjugated system (shown in Fig. 2b), and 

these cross-linking points within the conjugated 

system were ideal scattering sites for the electron 

movements [19]. Hence, the inter-tube contact 

resistance was reduced, resulting in the dramatically 

improved bulk conductivity of the buckypaper. 

While for the in-solution cross-linked buckypaper, 
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the electrical conductivity decreased. Although the 

in-solution cross-linking increased the inter-tube 

contact points within the tube bundles/aggregations, 

the increased tube aggregations decreased the inter-

tube contact points over the whole CNT networks. 

 

4 Conclusions  

In this study, a substitution reaction between 1,4-

benzoquinone and amino-MWCNTs was introduced 

for cross-linking the MWCNTs in the buckypaper 

through an in-solution and an in-situ cross-linking 

techniques. Zeta potentials of the MWCNTs cross-

linked in solution and micro-structure 

characterization results of the in-solution cross-

linked buckypaper indicated that the in-solution 

cross-linking increased the degree of CNTs 

aggregations. The CNTs aggregations had a 

detrimental effective on both mechanical and 

electrical properties of the bulk buckypaper. While 

for the in-situ cross-linking technique cross-linked 

the CNT junction jointed inside the tube networks, 

increasing the inter-tube stress and current transfer 

abilities. Hence, the in-situ cross-linking increased 

both mechanical and electrical properties of the bulk 

buckypaper much more significantly than the in-

solution cross-linking. An interesting phenomenon 

of Poisson’s ratios changing from positive to 

negative was observed for the in-situ cross-linked 

buckypaper. The simultaneous enhancement of the 

overall properties of the in-situ cross-linked 

buckypaper as compared to the pristine or the in-

solution cross-linked buckypaper prescribed by the 

unique microstructures established this 

multifunctional material for a broad spectrum of 

engineering applications. 
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Fig.1. Schematic of the in-situ and in-solution 

techniques for cross-linking the buckypaper. 

 

 

(a) 

 

(b) 

Fig. 2 (a) Schematic of the in-situ cross-linking 

process; (b) reaction scheme for the cross-linking of 

MWCNTs. 
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Fig. 3 (a) FTIR spectra of pristine and cross-linked 

MWCNTs with labeled bonds; (b) typical TGA test 

results for the pristine and cross-linked amino-

MWCNTs. 

 

  

  

  

 
 

Fig. 4 (a) Zeta potential values of MWCNT 

dispersions as a function of pH values; SEM images 

of (b) in-solution cross-linked and (c) in-situ cross-

linked buckypaper; (d) apparent pore size 

distribution histograms of the buckypaper cross-

linked for 16 h. 
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Fig. 5 (a) Representative tensile stress-strain curves 

of pristine buckypaper, buckypaper in-situ cross-

linked for 16 h and in-solution cross-linked for 16 h; 

(b) tensile strength of buckypaper cross-linked for 

various time. 

 

 

 
Fig. 6 (a) Poisson’s ratios of the buckypaper cross-

linked for various time; (b) a dumbbell-like CNT 

bundle with CNTs overlapped on the top; a CNT 

bundle un-cross-linked with the overlapped CNTs 

being stretched to a tight yarn with a positive 

Poisson’s ratio; a CNT bundle cross-linked with the 

overlapped CNTs being stretched to expand the 

middle segments and exhibiting a negative Poisson’s 

ratio; a re-entrant honeycomb model with negative 

Poisson’s ratio for the in-situ cross-linked 

buckypaper [29]. 

 

 
Fig. 7 Electrical conductivities of pristine 

buckypaper and buckypaper cross-linked by the two 

different techniques. 
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1 Introduction  
Increasing energy costs necessitate efficient 

lightweight constructions – particularly in the fields 
of mobility and transport. For these applications, 
tailorable materials like fiber reinforced plastics 
(FRP) are gaining more and more importance. The 
characterization of woven composite structures 
turned out to be one of the difficulties in the fields of 
numerical simulation and experimental 
investigation. The precise prediction of the global 
material response is only possible by accounting for 
the internal structure, which can be done at different 
scales.  

A meso-mechanical investigation of woven 
FRP is not only one of the strongest tools for 
homogenization of material parameters [1, 2] but 
also for the study of phenomena caused by their non-
uniformity such as stress and strain localization even 
under global uniform loading [3] as well as damage 
initiation [4, 5] and propagation in the constituting 
materials [6, 7]. These numerical analyses build a 
sound basis for the computationally cheaper macro-
mechanical approaches, which are used whenever 
the mechanical response of large parts is of interest. 
Therefore scale bridging due to e.g. homogenization 
procedures must be applied [8]. 

For the verification of these small scale models, 
experimental data with a local resolution higher than 
an individual yarn is necessary [3, 9]. Digital image 
correlation (DIC) is an advisable tool for high 
resolution full field strain measurements at the 
specimen’s surface. In the most cases, a second 
experiment must provide the global data set for the 
verification of the homogenized response of the 
meso-model. But the setup must guarantee exactly 
the same test conditions as for the local experiment, 
which is hardly possible.  

Therefore in this work, an experimental setup 
is proposed capable of recording both, local and 

global, kinematic values. The obtained strain 
distributions of 4/4 satin weave FRP plates are 
compared to strain fields of idealized meso-scale 
representative volume elements (RVE) generated by 
finite element calculations under in-plane loading 
conditions using periodic boundary conditions with 
varying fiber orientations at the same deformation 
state. Furthermore, the experimentally obtained 
global recordings and homogenized stress strain 
response of the meso-scale analysis are compared. 

2 Experiments 

2.1 Setup 

The test setup including a ’Zwick Z100’ testing 
machine and an ’Aramis M4’ DIC system is shown 
in Figure 1. 

This setup allows for synchronized recording 
of force as well as local and global displacement 
fields/values. The Zwick’s load cell signal as well as 
the global displacement signals of the (external) DIC 
system are recorded using the control software 
’TestXpert II’ of Zwick/Roell. Analog online signal 
transfer – e.g. length change, etc. measured by the 
DIC system – from Aramis to the testing machines 
software is realized by the integration of a ’HBM 
Spider 8’ measuring amplifier. Time, force, cross 
beam displacement and nominal strain are generated 
by Zwick’s (internal) sensors. Unfortunately, the 
kinematic quantities of the crossbar displacement are 
insufficient, since the deformation of the load frame 
and the gliding of the grippers are added to the pure 
elongation of the specimen. To overcome this 
problem, an external displacement measurement 
system is applied. The Aramis system supports the 
observation of up to ten points at the specimens’ 
surface in the real-time-sensor (rts) mode, while 
simultaneously saving images for the later analysis 
of the whole strain field.  All displacement values 
are mapped online to a coordinate system that is 
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parallel to the testing machine’s force axis. Coded 
markers attached to a stiff frame at the static (upper) 
jaw serve as fixed points to span up the virtual 
coordinate system within the Aramis software. 

While testing, the DIC system can be seen as 
an optical extensometer. The sampling rate of the 
global strain values must be very high, since the 
testing machine is controlled by the global length 
change. On the other hand, the bandwidth to stream 
the live images of the two cameras limits the 
sampling rate initially to 60 Hz. To increase the 
sampling rate to 120 Hz, only the upper half of the 
cameras CCD chip is used, and thus the amount of 
data that is transferred from the cameras to the 
computer is halved. Thereby the height of the image 
is halved, whereas the width remains the same. 
Since the specimens are longer then wider, the 
cameras were turned by 90° to use the image width 
to capture the specimen’s length. Thereby, there is 
no need to increase the distance between the camera 
and the testing object, preserving the accuracy of the 
setup. 

Assuming a homogeneous deformation state at 
the center of the specimen, only two points at the 
longitudinal axis of the specimen are needed to 
determine ’global’ length change and strain values. 
By observing two additional points in transversal 
direction, also global Poisson ratio values were 
recorded. The initial distance between the points in 
longitudinal direction was about 16 mm, which is 
the length of the RVE in this weave. The positions 
of the measuring points are shown in Figure 2. 
In this series, four woven carbon fiber reinforced 
plastic (CRP) plates for varying fiber angles from 0° 
to 90° in 15° increments were tested. 

2.2 Specimen 

Each FRP plate consisted of two layers of a 4/4 
satin weave impregnated with epoxy resin. The 
manufacturer’s specification of the investigated 
material is ‘ACG CF0500’ 3k carbon fiber weave. 
Water jet cutting was used for manufacturing in 
order to avoid fiber and matrix damage at the plate’s 
sides. Cap strips, made of the specimen’s material, 
applied at the plate ends prevented fiber damage 
during clamping and testing. Furthermore, a random 
pattern was sprayed at one of the specimen sides, 
which is needed for the DIC measurements. 
Titanium dioxide powder spray was used for the 
white base coat while graphite spray sparkles 

induced the contrast. Invalid tests, e.g. when 
slippage and/or rupture of the cap strips was 
detected, were discarded. The specimen’s geometry 
and dimensions are given in Figure 3 and Table 1.  

The total force versus global Aramis 
displacement of one exemplary testing of each fiber 
orientation is shown in Figure 4. 
3 Finite element simulations  

A meso-scale RVE of a woven FRP ply 
consists generally of two distinct materials. First, 
there is the so-called yarn part, and second there is 
the surrounding pure matrix region. The yarn part 
has similar properties to a unidirectional (UD) FRP 
ply since within the yarn all the fibers are aligned in 
the same direction. Yarns in different directions 
imply the different fiber directions apparent in 
woven structures. The geometry of the internal 
structure differentiating the yarns from the matrix is 
shown in Figure 5. The geometry of the yarn is 
precisely described in [9]. In figure 5, one can 
clearly see the crimped regions of the yarns. Since 
every yarn has a different position of the crimp 
region, every yarn has its own local material 
coordinate system ensuring the proper definition of 
the directions of the transversal isotropic material 
behavior, see Figure 6. In contrast, there is no 
evidence of local material coordinates for the 
isotropic matrix material.   

A complete 8 x 8 yarns RVE of the weave is 
modeled. In this simulation, a total number of about 
1.3 million elements and 2.6 million nodes represent 
the behavior of a real FRP piece of about 16 mm x 
16 mm x 0.4 mm. Hexahedral elements occupy the 
fibrous parts, the surrounding matrix is discretized 
with tetrahedral elements.  

Using periodic boundary conditions (PBC) and 
tensile as well as shear in-plane loading, virtually the 
situation of the ply during the experiments is 
represent. Equation constraints were used to model 
the PBC in Abaqus. In the following, the equations 
are summarized. 
 
Faces: 

𝑢𝑖1 − 𝑢𝑖3 − 𝑎 𝜀𝑖10 = 0 (1) 

𝑢𝑖2 − 𝑢𝑖4 − 𝑏 𝜀𝑖20 = 0 (2) 
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𝑢𝑖6 − 𝑢𝑖5 − 𝑐 𝜀𝑖30 = 0 (3) 

Vertices: 

𝑢𝑖3 − 𝑢𝑖5 − 𝑎 𝜀𝑖10 − 𝑏 𝜀𝑖20 − 𝑐 𝜀𝑖30 = 0 (4) 

𝑢𝑖2 − 𝑢𝑖8 − 𝑎 𝜀𝑖10 − 𝑏 𝜀𝑖20 + 𝑐 𝜀𝑖30 = 0 (5) 

𝑢𝑖7 − 𝑢𝑖1 + 𝑎 𝜀𝑖10 − 𝑏 𝜀𝑖20 − 𝑐 𝜀𝑖30 = 0 (6) 

𝑢𝑖4 − 𝑢𝑖6 − 𝑎 𝜀𝑖10 + 𝑏 𝜀𝑖20 − 𝑐 𝜀𝑖30 = 0 (7) 

 
Edges: 

𝑢𝑖2 − 𝑢𝑖4 − 𝑎 𝜀𝑖10 − 𝑏 𝜀𝑖20 = 0 (8) 

𝑢𝑖1 − 𝑢𝑖3 − 𝑎 𝜀𝑖10 + 𝑏 𝜀𝑖20 = 0 (9) 

𝑢𝑖6 − 𝑢𝑖8 + 𝑎 𝜀𝑖10 − 𝑐 𝜀𝑖30 = 0 (10) 

𝑢𝑖5 − 𝑢𝑖7 − 𝑎 𝜀𝑖10 + 𝑐 𝜀𝑖30 = 0 (11) 

𝑢𝑖11 − 𝑢𝑖9 − 𝑏 𝜀𝑖20 − 𝑐 𝜀𝑖30 = 0 (12) 

𝑢𝑖10 − 𝑢𝑖12 − 𝑏 𝜀𝑖20 + 𝑐 𝜀𝑖30 = 0 (13) 

 
Here the index 𝑖 = 1, 2, 3 indicates the direction and 
the superscript corresponds to the number of the 
face, edge or vertex as shown in Figure 7. 𝑎, 𝑏 and 𝑐 
are the lengths of the RVE in the 1, 2  and 3 
direction, respectively. 𝜀𝑖𝑗0

 are the components of the 
far field strain tensor. 
 
4 Constitutive modeling 

4.1 Matrix material 

In this simulation, an elasto-plastic behavior 
for the neat matrix regions is taken into account. 
Until now, no damage phenomena contribute to the 
dissipative potential. 

Starting point is the additive decomposition of 
the total strain tensor 𝜺 into its elastic part 𝜺𝑒 and its 
plastic part 𝜺𝑝. 

𝜺 = 𝜺𝑒 + 𝜺𝑝  (14) 

Thus, the constitutive law can be written as  

𝝈 = 𝑪[𝜺 − 𝜺𝑝] (15) 

 
The widely used yield criterion Φ(𝝈,𝜎𝑐 ,𝜎𝑡) , 
proposed by Tschoegl [10], and a non-associative 
plastic flow potential 𝜓(𝝈,𝛼) tackle the necessity of 
different yield strengths in tensile and compressive 
direction as well as the pressure dependency of the 
material 

Φ(𝝈,𝜎𝑐 ,𝜎𝑡) = 6𝐽2 + 2𝐼1(𝜎𝑐 −  𝜎𝑡)
− 2𝜎𝑐  𝜎𝑡  

(16) 

𝜓(𝝈,𝛼) = 3𝐽2 +
1
9
𝛼𝐼1² (17) 

 
where 𝜎𝑐 , 𝜎𝑡  are the yield strengths in compressive 
and tensile direction, respectively. 𝐽2 =  1

2
 𝝈𝐷:𝝈𝐷  is 

the second invariant of the deviatoric stress tensor 
𝝈𝐷  and 𝐼1 = 𝑡𝑟(𝝈) is the first invariant of the stress 
tensor. For the correct definition of the volumetric 
plastic flow, the material parameter 𝛼 = 9

2
 1−2𝜈𝑝
1+𝜈𝑝

 

with 𝜈𝑝 being the plastic Poisson’s ratio, is defined.  
Furthermore, the evolution of the plastic and 
equivalent plastic strain is defined as 

�̇�𝑝 = �̇�
𝜕𝜓
𝜕𝝈

 (18) 

𝜀�̇�𝑞
𝑝 = √𝑘 �̇�𝑝: �̇�𝑝  (19) 

respectively. The constant 𝑘 = 1
1+2𝜈𝑝

 ensures the 

proper definition of the equivalent plastic strain 
under uniaxial tension. The tensile and compressive 
yield strength defining the yield criterion are 
provided by two Voce-type  hardening laws 

𝜎𝑡 = 𝑄𝑡 �1 − 𝑒𝜂𝑡𝜀𝑒𝑞
𝑝
�+ 𝜎𝑡0 (20) 

𝜎𝑐 = 𝑄𝑐 �1 − 𝑒𝜂𝑐𝜀𝑒𝑞
𝑝
�+ 𝜎𝑐0 (21) 

where 𝜎𝑡0,𝜎𝑐0 are the initial yield strengths in 
tension and compression, and 𝑄𝑡 ,𝑄𝑐 ,𝜂𝑡  and 𝜂𝑐  

denote material parameters defining the hardening. 
An elastic predictor – plastic corrector return 

mapping algorithm was implemented in the 
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commercial finite element software Abaqus using 
the UMAT subroutine. 

Experimental results of neat epoxy resin 
performed by Fiedler [5] where the basis of the 
parameter fit. Figure 8 shows the agreement of the 
numerical and experimental results. The material 
parameters used to achieve these results are shown 
in Table 2. 

 
4.2 Yarn (UD) material 

The yarn part has similar properties to pure UD 
FRP. Here, only a linear elastic, transversal isotropic 
material model is used to represent the 
reinforcement on the meso-scale. To obtain the 
elastic properties, a micro RVE with hexagonal 
packing of the perfectly aligned fibers and fiber 
volume fraction of 60% was set up, see Figure 9. At 
the micro-scale, only homogeneous linear elastic 
material models with different material parameters 
for the fiber and the matrix part (parameters see 
Table 3) were taken into account.  

Using periodicity conditions, six individual 
calculations were performed with varying far field 
strain components of 1% for any of the six 
components of the far field strain tensor. By 
calculating the volume averaged stresses, one can 
obtain the individual components of the material 
tangent operator 

�̂�𝑖𝑗 =
1
𝑉 ∫ 𝜎�𝑖 𝑑𝑉𝑉

𝜀�̂�0
 

(22) 

where 𝑖, 𝑗 = 1, … ,6 ,  �̂�𝑖𝑗  and 𝜎�𝑖  are the 
components of the material tangent and the stress, 
respectively, and 𝜀�̂�0  is the applied far field strain 
component. The hat (∙)̂ indicates Voigt notation. 

Now one can obtain the homogenized elastic 
engineering constants of the UD material. The 
parameters are shown in Table 4. 

5 Comparisons and discussion  

For the validation of the model, the 
experimentally and numerically obtained strain field 
of the RVE as well as the global experimentally 
obtained values versus the evolution of the 
numerically homogenized stress strain response is 
shown. Here only the results of the 0°/90° and 
45°/135° fiber orientations are discussed.  

In Figures 10 and 11, the local strain field for 
ε11  and ε22   of the 0°/90° specimen under tensile 
loading is presented. A correlation of the reasonable 
strain fields can be observed. In this scenario, the 
total strain is very low, since fracture occurred at 
about 1,7%. For this setup, the total material 
response can be seen as linear elastic, as will be 
shown later, which is also a reason for the good 
correspondence. 

Figures 12 and 13 show the strain field for ε11 
and ε22  for the 45°/135° fiber orientation. At this 
point of the deformation state, the elastic region is 
left behind. The correlation can still be observed, but 
as soon as larger deformations come into picture, 
localization effects not only due to plasticity, but 
also due to voids, fiber misalignment, matrix 
breakage as well as damage within the yarns play an 
important role. This has a massive negative effect to 
the correlation of the strain fields observed. A micro 
CT analysis of the weave also shows many of the 
defects, see Figure 14. 

The global values causing these deformations 
are comparative values as well. In Figure 15, the 
nearly linear response of the numerically 
homogenized stress field is plotted against the far 
field strain value. Additionally, the experimentally 
obtained engineering stress values are plotted 
against the global longitudinal strain observed from 
the DIC system. A slight increase of the 
experimental values at strains above 0.8% can be 
observed. This can be caused by the straightening of 
the yarns under tensile loading. The numerical 
response of the global material behavior correlates 
with the experiments. 

Furthermore, the shear stresses over shear 
strains are calculated, and plotted in Figure 16. Also 
in this setup, the elastic response of both, simulation 
and experiment correlate. Beyond this point, the 
numerical predictions do not meet the 
experimentally observed response. The same reasons 
already mentioned above for the decorrelation of the 
local strain field fit here. The breakage of the matrix 
nest and the resulting loss of stiffness as well as the 
fiber matrix debonding in the yarn part play a major 
role here. 

6 Conclusions 

An experimental setup capable of recording 
local as well as global kinematic quantities is 
proposed. This setup provides the exact values to 
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validate meso-mechanical approaches for the 
simulation of woven FRP structures. Furthermore, a 
meso-scale RVE of a 4/4 satin weave was set up for 
the numerical analysis of the weave. In this 
simulation a non-associative plastic material 
formulation was used to model the matrix region. 
The transversal isotropic parameters for the yarn part 
were obtained by the homogenization of an ideal 
hexagonal packing of an unidirectional RVE. 
Periodicity conditions were applied to represent the 
conditions of the ply during the experiment. 
Numerically and experimentally obtained stress 
fields as well as the homogenized and global stress 
strain response of 0°/90° and 45°/135° fiber 
orientations were compared. The numerical and 
experimental response at small deformations 
correlate. At large deformations, particularly at large 
shear strains, the necessity of a damage formulation 
for the yarn and the matrix material is obvious. 

 
 

Parameter Value  
𝑠 300.0 mm 
𝑙 200.0 mm 
𝑤 40.0 mm 
𝑡 0.8 mm 

Tab.1. Specification of the specimen’s geometry 
parameters 

 
Property Value 

𝑲 3600.0 𝑀𝑃𝑎 
𝑮 1350.0 𝑀𝑃𝑎 
𝝂𝒑 0.32 
𝑸𝒕 67.0 
𝜼𝒕 82.0 
𝝈𝒕𝟎 29.0 𝑀𝑃𝑎 
𝑸𝒄 58.0 
𝜼𝒄 75.0 
𝝈𝒄𝟎 67.0 𝑀𝑃𝑎 

Tab.2. Material parameters for the matrix material in 
meso-scale RVE 

 
 𝑬 𝝂 
Matrix 241 𝐺𝑃𝑎 0.2 
Fiber 3.12 𝐺𝑃𝑎 0.38 

Tab.3. Material parameters used in micro RVE 
 
 
 

Property Value 
𝑬𝟏 145.53 𝐺𝑃𝑎 

𝑬𝟐 = 𝑬𝟑 12.99 𝐺𝑃𝑎 
𝑮𝟏𝟐 = 𝑮𝟏𝟑 4.35 𝐺𝑃𝑎 

𝑮𝟐𝟑 4.40 𝐺𝑃𝑎 
𝝂𝟏𝟐 = 𝝂𝟏𝟑 0.26 

𝝂𝟐𝟑 0.47 
Tab.4. Homogenized transversal isotropic material 

parameters for the yarn part 

 

 
Fig.1. Experimental setup 

 

 
Fig.2. Positions of measuring points for rts mode 

 

 
Fig.3. Geometry of specimen 
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Fig.4. Force vs. global displacement of different fiber 

orientations 
 

 
Fig.5. Internal structure of RVE 

 

 
Fig.6. Detail of the crimp region showing the local 

material coordinate system 
 
 
 

Fig.7. Definition of the face, vertex and edge numbering 

 
Fig.8. Comparison of numerical and experimental results 

of the matrix material 

 
Fig.9. Hexagonal package micro RVE 
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Fig.10. 𝜀11experiment (l) and simulation (r) 0°/90° 

 

 
Fig.11. 𝜀22 experiment (l) and simulation (r) 0°/90° 

 

 
Fig.12. 𝜀11experiment (l) and simulation (r) 45°/135° 

 

 
Fig.13. 𝜀22 experiment (l) and simulation (r) 45°/135° 

 

 
Fig.14. Micro CT image of FRP weave showing voids 

 

 
Fig.15. Numerically and experimentally obtained global 

stress strain curve of 0°/90° ply 
 

 
Fig.16. Numerically and experimentally obtained global 

stress strain curve of 45°/135° ply 
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1 General Introduction  

In recent years, the fiber reinforced composite 

industry has grown exponentially in many areas 

such as automotive, aerospace and construction. 

Lately, the use of natural fibers as replacement of 

less environmentally-friendly products, such as 

glass fibers, has become a strong interest in the 

composite industry, in response to society’s 

demand for more renewable resources. In this 

context, the use of flax fibre is increasing thanks to 

key functionalities, such as acoustic and thermal 

insulation, vibration damping, as well as  

renewability. In terms of mechanical performance, 

flax fibers are known to be as stiff as glass fibers, 

and even stiffer than glass when normalised to their 

low density. Flax fibres are among the strongest of 

the natural fiber family. 

As of today, a major lack of data on natural fibre 

durability properties, such as fatigue behaviour and 

impact resistance, has been limiting the use of 

these fibres for high performance applications. In 

the case of fatigue, few papers such as from Liang 

et al. [1] relate to this behaviour.  They have shown 

an increase of the stiffness of a single flax fibre for 

a certain number of loading cycles which rose from 

40 GPa up to 70 GPa, the first being very low 

compared to other studies. Similarly, Silva et al. 

[2] have shown for sisal fibres, that at fatigue 

stresses below 50% of the ultimate tensile strength 

(UTS), all tested fibres can resist more than 10
6
 

cycles as well as show a slight increase of the 

stiffness. As for the impact resistance, it is 

documented as the greatest threat to natural 

composite structures.  It was shown by Santulli [3] 

that fibre defects have a large role in the impact 

resistance of natural fibre composites because  they 

decrease the fibre bridging effect that prevents 

further development of a crack, which may cause 

the fibres to bend and pull-out early from the 

polymer during the impact. 

The aim of this work is to study the impact 

resistance and fatigue behaviour of flax fibre 

composites for various preform architectures. This 

investigation is crucial in order to assess the 

durability of the materials since these properties 

have a great influence on the service life, product 

safety and liability. This will be compared for 

thermoset (TS) and thermoplastic (TP) matrices. 

Resin transfer moulding (RTM) and compression 

moulding were used to manufacture the plates. 

 

2 Experimental  

2.1 Materials 

A thermoset epoxy (Th) Epikote 828LVEL (η ≈ 10-

12 Pa.s), combined with a Dytek DCH-99 hardener 

(15.2 phr), and thermoplastic (Tp) Maleic 

Anhydride grafted Polypropylene (PPMa) sheet 

were used as matrices. Table 1 regroups the data 

for the flax preforms architectures used in this 

study. Unidirectional fabrics are received 

commingled with PPMA and with epoxy sizing for 

the epoxy experiments.  
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Table 1: Flax fibres characteristics. 

 

 
 
 

2.2 Composite manufacturing and Testing 

 2.2.1 Resin Transfer Moulding (RTM) 

Liquid Composite Moulding (LCM) processes are 

widely used to manufacture composite parts for 

various industries such as wind energy and 

automotive. An appropriate selection of the 

materials and proper optimization of the 

manufacturing parameters are keys to produce 

parts with improved properties. However, the 

infusion processes are limited by the low viscosity 

required to impregnate the fibrous reinforcement 

and the permeability [4]. In LCM processes, the 

impregnation of the fibrous preform and time 

required to fill-up the mould are intimately related 

to the injection and vacuum pressure as well as the 

viscosity of the resin. Flax fibres are less 

permeable to the resin due to the very dense nature 

once compacted and hollow structure which is the 

cause of slow fibre impregnation and also may 

create voids inside the laminate. In that case, the 

resin speed is controlled by the pressure gradient 

inside the mould. 

The fibres were placed between the two rigid steel 

mould parts and were clamped together with an 

hydraulic press. The advantage of this process is 

that the thickness of the laminates is well 

controlled by the mould cavity as well as obtaining 

high surface quality on both surfaces. A spacer was 

added to adjust the depth of the cavity in order to 

obtain the same thickness of 2mm± 0.05mm. The 

fibres were manufactured using the same 

experimental parameters, Pinlet=1bar, Pvacuum=1bar 

(see Fig. 1). Post-pressure of 3 bars. The RTM set 

up was heated up to 40
o
C in order to reduce the 

viscosity of the resin and improve impregnation of 

the fibres. The temperature was then increased to 

70
o
C for 1h after the injection to cure the part. 

Later on, the plates were de-moulded and post-

cured at 150
o
C for 1h. 

Fig. 1 : Schematic side view RTM manufacturing 

process [5]. 

 

2.2.2 Compression Moulding (CM) 

Thermoplastic composites were prepared by 

compression moulding using stacking of 3 to 7 flax 

Flax fibre 

preform 

architectures

Areal density 

ρsur (g/m2)

 1 ply 

thickness 

(mm)

Twist 

angle (
o
)

Crimp  

warp/weft 

(%)

Acronym Supplier

Mat 300 0,21 - 0/0 MA Ecotechnilin

Plain weave 285 0,2 19-20 5,60/2,33 PW Libeco

Twill 2x2 180 0,12 15 7,50/1,33 TW Libeco

Twill 2x2       

(low twist)
400 0,23 ≈ 3 2,40/2 NT Composite Evolution

Quasi-UD 300 0,21 20 0,4/0 Q-UD B-Comp

UD 122 0,08 0 0/0 UD Procotex

Resin inlet
Injection pressure = 1 bar

Vacuum Vent
vacuum pressure = 1 bar

Upper Mold

Clamping Force  

Fibres

Lower Mold
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preform layers, each consisting of untreated fibres 

sandwiched between PPMA thermoplastic films. 

To obtain good impregnation, the temperature used 

was about 20°C higher than the melting 

temperature of the polymer and a pressure of 40 

bars was used for consolidation. In all cases, the 

natural fibres and films were dried at least eight 

hours at 60°C to prevent problems due to moisture. 

A 2 mm spacer was used to set the fibre volume 

fraction of approximately 40% by weight 

measurements.  

2.2.3 Composites lay-up 

To manufacture the flax composites previously 

presented, lay-up of several flax preforms in layers 

was done. For Mats and weaves, preforms were 

stacked in warp direction. As for UDs and Quasi-

UDs made of continuous fibres, they are produced 

with balanced and symmetric cross-plies in the (0, 

90)s directions detailed in Table 2.  

Table 2: Composite Lay-up for all fabrics considered. 

Flax fibre 

preform 

architectures 

Lay-up  

MA (0)3 

PW (0)4 

TW (0)7 

NT (low twist) (0)4 

Q-UD (0,90)s 

UDTp (0, 90)2 0 (90,0)2 

UDTh (0,90)3s 

 

2.3 Tensile, fatigue and impact testing 

Tensile and flexural mechanical tests were 

performed using an Instron testing machine #4505 

and #4467 respectively, in the longitudinal 

direction of the samples. For the flexural 

properties, samples of 2x10x100 mm were tested 

using a crosshead speed of 2 mm/min; a load cell 

of 5 kN and a span length of 64 mm were used 

according to ASTM D790 standard. For the tensile 

tests, samples of 2x25x250 mm were tested using a 

crosshead speed of 2 mm/min; a load cell of 100 

kN and a gauge length of 150 mm were used 

according to ASTM D3039 standard. Also, the 

displacement was measured with a 50 mm 

extensometer. A minimum of 5 samples were 

tested to ensure reproducibility and reliable 

standard deviations. The tensile modulus has been 

calculated between 0.1 and 0.3% deformation. 

Fatigue testing was investigated using ASTM 

D3479 as the standard. Tension–tension fatigue 

tests with a loading ratio of R = 0.1, a loading 

frequency (f) of 5 Hz and a loading level (S/So) 

range from 0.3 to 0.9 UTS, were conducted at 22
o
C 

(room temperature). Samples were prepared with 

the same dimensions according to the ASTM 

D3039 for static tensile testing. The test is set to 

stop if the samples do not fail after 10E7 cycles, 

referred as Nmax. 

As for the impact resistance investigation, two 

aspects were assessed, damage resistance, and 

absorbed energy. Damage resistance is the 

resistance till first damage and focuses on the 

damage after an impact event, whereas the 

absorbed energy quantifies the amount of energy 

uptake during a full penetration impact event. A 

third aspect of impact is damage tolerance, the 

ability to sustain defects safely until repair can be 

effected; this will be investigated later on. The 

absorbed energy and the damage resistance are 

measured according to ISO 6603. To test damage 

resistance, the ISO 6603 standard was adapted for 

non-perforation. All samples had dimensions of 

2x100x100mm. 

It has to be noted that the fibre volume fraction Vf 

plays a key role to obtain high mechanical 

properties which are also dependant on the length 

of fibers. In order to standardize results from all 

samples, a Vf of 40% was used to calculate the 

number of layers necessary to obtain a laminate 

thickness of 2mm. Only the mat preforms were 

consolidated at Vf = 30% due to their bulky nature. 

A fibre density of 1.45g/cm³ (ρvol) is considered for 

the calculations of the fibre volume fraction Vf 

using the following Equation 1: 
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  Equation 1 

Where ρsurf is the aerial density (gsm) and ρvol is the 

density of the fibers, N is the number of layers 

used and e is the composite laminate thickness.  

 

2.4 Optical and Scanning Electron Microscopy 

Optical microscopy allows the observation of the 

small details and defects of a composite sample. 

This technique is usually used for initial 

examination and characterization of the internal 

surface and qualitative assessment of the 

impregnation.  This step is essential to confirm the 

mechanical properties results prior to proceeding 

to more detailed investigations such as impact or 

fatigue testing.  

a)  b)  

Fig. 2: Microscopy of the TW/ Epoxy plate: a)500µm, 

b) 200µm scalebar. 

The flax-based plate shown in Fig. 2a seems to 

have no apparent discontinuities and good 

adhesion. On millimetre level only very small 

porosities are detected (Fig. 2b). It has to be noted 

that these small spots may also be caused by a 

deficient interfacial adhesion between the fibres 

and the matrix as well as capillary or viscous 

forces. On micro level three other types of defects 

can be seen, as observed by SEM. Un-impregnated 

zones, micro cracks and bubbles are seen, as 

displayed in Fig. 3. The first defect is highly likely 

to occur in impregnating flax fibres. The flax yarn 

itself is composed of several technical fibres of 50-

100 micron [6] in diameter and it is not easy for 

the resin to disperse around all of them.  

The micro-cracks (between 1-5μm) shown in fig. 3 

b) were only observed in thermoset matrix systems 

and have not been reported yet in literature. Their 

origin is hypothetically coming from the high 

vacuum of the SEM or it is intrinsic to the fibre 

type, since not all the fibre architectures were 

sensitive to it. The third defect shown, the bubbles 

were only seen in the thermoplastic systems, again 

not for all architectures. Here it could be related to 

the density of the weave; weaves with a higher 

areal density were more prone to it. It should be 

stated that even with the presence of these defects, 

the tensile test results were in agreement with 

literature and no serious influence can be assigned 

to them [7].  

  

a) Unimpregnated zones b) Micro cracks 

ICCM19 6240



 

5  

 

c) Micro-bubbles 

Fig. 3:Micro-defects present in the flax composites 

 

Fig. 4: Longitudinal tensile stiffness and strength of flax fibre-based composites at Vf = 40%.  

MAT WEAVES QUASI-UD 

UD 
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3 Results and discussion  

3.1 Characterization of the tensile properties 

The first step of understanding the effect of fibre 

architecture on fatigue and impact properties is to 

assess the quasi-static tensile and flexural results. 

Quasi-static tensile tests were carried out to obtain 

the stiffness (E) and ultimate tensile strength 

(UTS) of flax/epoxy and flax/PPMA composites.  

The results for E modulus and UTS are presented 

in Fig. 4 for thermoplastic and  thermoset 

composites and these results are consistent with the 

literature [1, 6]. The efficiency of the composite 

usually depends on the length/diameter ratio of the 

fibres, which explains the variations in properties 

between the architectures, and their compatibility 

to the polymeric components,.  

As expected, the values for the random mats (MA), 

at Vf = 30% are low which is likely caused by the 

fact that there is no preferential direction of the 

short fibres. The best case scenario for mat-based 

composites, would be to have fibres that are long 

enough to obtain a pseudo-continuous fibrous 

reinforcement.  

The difference in properties for the different fibre 

architectures is better shown by the strength 

results. The variability in properties  for the flax 

fabrics can be attributed to the fibre characteristics 

(e.g. extracting conditions, etc) and to the 

composite characteristics such as variable Vf. As 

to the effect of fibre architecture, the effect of 

fabric crimp, defined as the waviness of the yarn 

becomes apparent in Fig. 4. The tensile strength 

properties obtained for QUD and UD (0,90)s lay-

ups, are typically higher than for the weaves, 

which is expected because for the UD’s the effect 

of crimp is practically non-existent. The expected 

positive effect of low fibre twist in the twill 

fabrics, was not observed. The same tendencies are 

observed for either epoxy or PPMA matrices. 

As for the strain to failure of the tested materials, 

the use of flax fibre weaves shows higher 

elongation at break than typically found for glass 

fibre weaves (≈ 1.5%). The UD fabrics have a 

strain to failure of ≈1.75%, which is in the range or 

above the expected value (1.5%) for these samples 

[6].  In the literature, several authors reveal that, in 

tensile testing, the fibre architecture has an 

important effect on the strain to failure, which can 

be reduced by 60% once the fibres are processed 

into multi-axial or woven fabrics. This means, that 

the fabric crimp may have a sizable effect on the 

final properties of the laminates [8, 9].  

 

3.2 Fatigue life assessment  

Tensile–tensile fatigue cycling was carried out at 

load levels corresponding to various fractions of 

the ultimate tensile strength (UTS) registered 

during quasi-static testing. This value is referred to 

as S0, and is later used to normalise the load levels 

(S/So) that the sample will be subjected to.   

The normalised stress/number of cycles to failure 

(S–N) curves, seen in Fig. 5a, show lower fatigue 

endurance for the flax specimens MA and PW than 

for glass samples. On the other hand, flax samples 

have a better fatigue endurance at normalised 

stress than comparable glass samples, in the 

studied life range going from N=0 to N=Nmax. 

Results showed that at comparable normalised 

stresses, MAT flax composites had a comparable 

life as PW glass composites, obtained by Hussain 

et al.[10], and can resist more than 1x10
6
 cycles at 

0.3 normalised load level (see Fig. 5b). As well, 

flax PW has an enhanced fatigue performance 

compared to glass PW with the first being able to 

sustain around 100 000 cycles and the second only 

20 000 cycles at a 0.65 load level. These results 

may help widen the application domain of flax 

fibre composites in replacing glass fibre by flax 

fibre.  
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a)  

 

b)  

Fig. 5 a) S/N Diagram of flax composite compared to glass composite; b) Normalised S/N diagram of flax composite 

compared to glass [10].  
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3.3 Impact resistance  

Low velocity impact typically occurs at velocities 

below 10m/s. At this speed the whole structure will 

respond and there will be more elastic absorption. 

This kind of impact response is also referred to as 

quasi static. Applications for flax composites are 

believed to lie mainly in this area. In this study the 

impact resistance is characterised via a drop weight 

impact test, which is preferred above Izod or 

Charpy, because of the more realistic loading case. 

3.3.1 Perforation behaviour 

Drop weight low velocity impact tests till 

perforation were performed, in order to assess the 

absorbed energy behaviour of flax composites. 

Each time eight specimens were prepared except 

for the UDTp only four, due to limited material. 

The weight of the impactor was 3.170kg with a 

striker top diameter of 20mm and a clamping ring 

of 40mm. The drop height for all thermoplastic 

samples was 0.6m and for all thermoset samples 

0.4m. This energy was chosen to reach perforation 

for all samples. This leads to an incident energy for 

the thermoplastic and thermoset samples of 

respectively 12.4J and 18.7J. Force and 

displacement were recorded to determine the 

absorbed energy via two methods; the velocity 

method and the force-integration method (see Fig. 

6). Both calculation methods are taken into account 

in order to assess the relationship between 

absorbed energy and fibre architecture. 

 

Fig. 6: Absorbed energy after Perforation impact: 

Velocity method vs Force-Displacement method 

according to ASTM D7136 And ISO 6603 standards.  

Literature suggests that the absorbed energy for 

full penetration depends strongly on the fibre 

volume fraction; fibre architecture and matrix are 

mentioned as secondary factors [11]. During 

perforation the major forms of energy absorption 

are fibre shear out, delamination and elastic 

flexure.  

Fig. 7 displays the absorbed energy for perforation 

for the different architectures and matrices 

considered. To have a fair comparison, the 

absorbed energy was normalised to the total 

amount of fibre, defined as the volume 

fraction*thickness (Vf x t) of the specimen. This 

has proven its efficiency as shown by Caprino et 

al. [12] and Bibo et al.[11]. Only the mat was not 

normalised via this method since 30Vf% is the 

highest volume fraction attainable with this 

architecture.  

As seen in Fig.7, the perforation energy for a plain 

woven  (PW) architecture, calculated using the 

velocity (grey) or the integral method (light grey), 

shows a significantly better performance for the 

thermoplastic matrix (PPMA) than in case of the 

thermoset matrix (epoxy); the increase in absorbed 

energy is more than 50%. The same performance 

for thermoplastic matrices can be seen for both 

twill (TW, NT) materials and the UD. The effect is 

less pronounced for the Quasi-UD (QU) and not 

seen for the mat (MA). It can be stated that in the 

flax composites tested, the matrix does have a non-

negligible influence on the absorbed energy; this 

differs from the results found for glass fibre 

composites by Schrauwen et al. [13] where no 

clear effect of matrix ductility could be observed. 

Flax fibre composites are characterised by lower 

perforation energies than glass fibre composites 

which can bring the contribution of the matrix 

ductility to the total absorbed energy, more to the 

front.  

Looking at the two calculation methods it can be 

seen that the velocity method typically gives lower 

values than the force-displacement method. Also 

the variation on the velocity method’s mean is 

usually higher than the force-displacement method. 

From this it is concluded that the force-

displacement method is a better way of comparing 
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the different energies measured. In the velocity 

method, the time gage for calculation of the 

velocity after impact needs to be selected by the 

operator, which is rather arbitrary and explains the 

big scatter on the measurements. 

A hypothesis test was performed for the thermoset 

and thermoplastic samples with as null hypothesis, 

the equality of all means for different fibre 

architectures. The alternative hypothesis being that 

at least one of the means differs. With an α value 

of 0.05 we were able to reject the null hypothesis 

and state that the means differ and thus the fibre 

architecture has an influence on the perforation 

energy. However having a closer look at the graphs 

in Fig. 7 for the thermoset samples, it can be seen 

that the QU performs higher and for the 

thermoplastic samples that the MA and the NT 

perform lower. Eliminating these means from the 

hypothesis test, the null hypothesis could not be 

rejected anymore. Though caution should be taken 

interpreting this result, since not rejecting the null 

hypotheses does not mean that the means are 

indeed equal, there is only not enough evidence to 

prove that they are not. The lower value for the 

thermoplastic mat material can be due to the 

contribution of two parameters. First of all the 

lower fibre volume fraction, for which the effect 

seems less pronounced in combination with the 

thermoset matrix and secondly the quality of the 

sample. Both the mat and the twill (with low twist) 

have very high areal densities and showed 

difficulties to produce a defect free composite. 

Small air bubbles were present throughout the 

samples which were not able to escape during the 

compression moulding process, as shown in Fig. 

3c. 

 

 

 

Fig. 7: Total absorbed energy of 2mm thick samples for different fibre architectures; first column by the velocity method, 

second column by force integration. Normalised to equal Vf*t, except for the mat where Vf = 30%

MAT WEAVES CROSS-PLY 

LAMINATES 
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3.3.2 Non-perforation performance 

Non-perforating drop weight low velocity impact 

tests were performed in order to assess a second 

type of impact behaviour, namely damage 

resistance. The same impactor configuration was 

used (weight = 3.170kg and striker diameter 

20mm). The clamping ring was enlarged to 80mm 

to be sure the delaminated zone would not be 

restricted by it. A rebound mechanism was put in 

place so that only one strike per specimen 

occurred. With a drop height of 0.1m, the incident 

energy on both thermoplastic and thermoset 

samples was 3.1J. The absorbed energy for 

thermoplastic and thermoset matrices is influenced 

by the kind of failure mechanism occurring. 

Thermoplastic samples are not so prone to matrix 

cracks and delaminations and prohibit fibre 

breakage more, whereas thermoset samples show 

more matrix cracks, delamination and fibre 

breakage for the same incident energy. For 

assessing the damage resistance, the main 

parameter to look at is the damaged area. In order 

to have a normalised comparison it is normalised 

by the absorbed energy. Error! Reference source 

not found. shows c-scan images of the different 

configurations. It can be seen that the damaged 

area for all thermoset systems is higher than for the 

thermoplastic systems; this is as expected since the 

thermoplastic nature of the PPMA is more 

effective in hindering the damage to spread. For all 

woven fabrics (PW,TW,NT) and cross-plies 

(QU,UD) the damage was represented by a star 

shape, following the warp and weft or 0-90° 

directions of the fabric or plies. The non-woven 

mat either had three or four crack-lines not 

following any preferential direction. 

Fig. 9 shows the absorbed energy per damaged 

area for the different architectures and matrices. 

For this graph the absorbed energy was not 

normalised to Vf*t since not such dependence for 

delamination in non-penetration impact tests was 

found in literature. However, all samples had 

similar thickness of 2 mm. All thermoplastic 

systems show higher results. The thermoset values 

vary between 20-40% of the corresponding 

thermoplastic system. As can be seen from Error! 

Reference source not found. the damaged area of 

the twill (TW) and the Quasi UD (QU) are for the 

same incident energy, smaller in comparison with 

the other architectures. This results in a higher 

absorbed energy/ damaged area as seen in Fig. 9. 

This means that the twill and the quasi-UD that 

were investigated perform better than the other 

architectures on damage resistance. 

 

 
Fig. 8 Damaged area of epoxy/flax composites and 

PPMA/flax composites before and after one impact 

event with an incident energy of 3.1J. Scanned area 

before = 100x100mm, after = 60x60mm. 

 

 

 

Fig. 9: Absorbed impact energy per damaged area of 

non-perforated samples with initial impact of 3.1J; TP 

values should be read from the right axis. 

Another indicator for the ability of a material to 

resist initial damage is the incipient damage load 

(Pi) as seen in Fig.10a) [14]. Pi reflects the damage 

initiation in the form of delamination. For some 

materials it can be seen as load drop before the 

maximum load is reached (Pm) and for others the 
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load drop becomes obscure and the point can only 

be identified by a change in slope. The Pi can be 

derived from a force-displacement curve, but here 

the force-time curve was used to facilitate the 

reading by avoiding the loop seen in the force-

displacement curve due to rebound. Fig.10b) 

shows the incipient damage loads for the different 

fibre architectures. It can be seen that the highest 

loads are those of the quasi UD fibre architecture, 

both with the thermoplastic and thermoset matrix 

and the twill with the thermoplastic matrix. These 

are the same fabrics that attained the highest values 

for absorbed energy/damaged area. For this reason 

it can be confirmed that the Pi is a good indicator 

for the damage resistance of a material. The twill 

in a (0)7 stack up and the QU in a (0-90)2s stack up 

attain both high force values before significant 

delamination failure or matrix cracking in the 

laminate occurs. It is believed that the high value 

of the ends count and the picks count, also related 

with the fineness of the yarn, can play an important 

role in this. A thinner fibre yarn typically has a 

larger strain to failure which can be linked to the 

twist angle of the yarns.  because the fibre tends 

[15] and can absorb more energy before inducing 

defects, leading to a higher Pi. On the other hand 

more ends per count due to a finer yarn lead to 

more obstacles for the progressing damage and 

thus to lower damaged area and higher absorbed 

energy/damaged area.  

 

a)  

b)  

Fig. 10 a)Force-Time curve for a TWTh sample. Pi = 

incipient damage load, Pm = maximum load, b) 

Incipient load for the different fibre architectures 

derived from the Force-Time curve for the non-

perforating tests. 

 

4 Conclusions 

Tensile, fatigue and impact tests were carried out 

in order to assess the long term behaviour of flax-

based composites. Mechanical property 

evaluations showed higher tensile properties for 

epoxies compared to PPMA samples, which was 

expected. TW, PW and UD combined with epoxies 

were found to have the best performance. For 

samples comingled with PPMA, Quasi-UD and 

UD were the best ones. It was observed that at 

normalised stress, the fatigue life of flax/epoxy PW 

composite is higher than in case of glass PW 

composite, which validates the possibility of 

replacing glass fibre by flax in the near future for 

certain applications. 

The absorbed energy in perforation tests brought 

the influence of matrix ductility to the front, this in 

contradiction to research performed on glass fibres. 

Thermoplastic composites were able to absorb 

more energy than their thermoset counterparts. 

However, for the same type of resin no clear 

conclusion about the influence of fibre architecture 

could be drawn. The damage resistance tested by 

non-perforation tests also revealed the influence of 

the matrix ductility. Thermoplastic composites 
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showed higher absorbed energy/damaged area 

values and higher incipient damage loads Pi. For 

damage resistance, a clear influence of fibre 

architecture could be identified, with the quasi-UD 

and twill fabric outperforming the others. As 

explanation the high ends count, picks count and 

the fineness of the yarns are suggested. In this 

study no clear distinction between woven fabrics 

and cross ply laminates could be made, as was 

clearly seen in previous studies. Future work will 

be directed to a better understanding of the 

composites’ performance after impact as well as 

working on increasing the fibre/matrix interface 

bonding, which may increase the mechanical and 

fatigue properties.  
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1 Introduction  

Thermoplastic composite parts are currently 

developing in the composite industry. Those 

materials offer good mechanical strength as well as 

bettr impact resistance than for thermoset composite 

structures. Development of thermoplastics 

composites parts also requires developing adapted 

assembly processes that would show reliability, 

repeatability and possible automation. Laser welding 

process is a good candidate to answer those 

considerations.  

 

2 Thermoplastic laser welding  

Welding is a well known assembly technique that 

applies to a wide range of materials, as long as a 

melting temperature can be reached. Thermoplastic 

materials are among those materials, so welding 

techniques should also apply to thermoplastic 

composites. Laser welding, among other welding 

techniques (Infra red welding, resistive or inductive 

welding…) has the advantage of being a non contact 

technique, that can easily be automated, and that 

does not require the addition of an intrusive 

conductive material at the welding interface [1,2].   

However, due to the presence of fibers, short long or 

continuous, at a non negligible volume fraction 

level, propagation of the laser energy through the 

composite is not as straightforward as in an 

homogeneous material. Presence of fibers induces 

diffusion of the laser beam, diminishing the laser 

efficiency as the amount of fibers increases. 

Diffusion also depends on the fiber orientation, 

involving an unbalanced laser spot on the welding 

interface.  

 

3 Assembly process modeling  

Modeling of the laser welding of thermoplastic glass 

fiber composite bed is considered here. The study 

takes into account the microstructure of the 

composite in order to evaluate changes in local 

energy absorption and diffusion directly linked with 

the local fiber volume fraction value and the fiber 

orientation (woven or UD fabric). Modelling of the 

welding process is developed from the 

representation of the moving laser beam. The beam 

propagation through the composite thickness is 

considered thanks to the ray tracing method [3,4]. 

The resulting energy profile developed at the 

welding interface is represented in Fig. 1 for 

different substrate thicknesses with the same 

material characteristics (heat conductivity, fiber 

volume fraction, reflective indices) and process 

parameters (laser beam intensity, and time of 

exposure) [5]. According to the structure considered, 

the laser quality will differ, requiring to conduct 

simulations in order to avoid trial and error 

experimental procedures. In a further step, the 

modeling can be used for welding optimization 
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considering the energy used and the welding 

velocity, or the number of weld seams to produce.  

 

 

 

Fig. 1 Resulting laser beam energy profile through 

composite substrate thickness   

 

4 Material characterization 

The welding quality at the interface depends on the 

temperature reached, that should be at mleast above 

the polymer melting temperature, but also on the 

viscosity of the melted mass generated. The shape, 

aesthetics and mechanical behaviour of the resulting 

assembly will depend on the local effective 

viscosity. Viscosity depends on the polymer 

characteristics, but also on the local presence of the 

fibers. Variability on the seam line is thus expected.  

The local polymer rheology is defined through the 

resultant temperature profile obtained at the 

interface [6]. 

In order to accurately predict the energy transferred 

at the interface, characterization of the laser beam 

itself and of the absorbent and diffusive properties of 

the studied materials is conducted. Validity of the 

model and of the characterization procedure is then 

shown on real assembly structures.   
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1 Introduction  

A new generation of glass-ceramic matrices for 
structural composites was developed for continuous 
thermal exposure applications [1]. These new 
matrices are obtained after a specific heat treatment 
of an inorganic thermosetting polymer derived from 
a geopolymeric system [2-3]. One advantage of 
these new composites is that they can be 
manufactured using the conventional organic matrix 
composites processes. Indeed, the inorganic resin 
hardening occurs at a temperature lower than 100°C. 
Besides, owing to their inorganic nature, these 
matrices allow obtaining composites that offer a 
high temperature resistance and structural properties 
comparable to conventional ceramic matrix 
composites. Thereby, these materials are good 
candidates to bridge the gap between organic matrix 
composites and ceramic matrix composites. 
 

This research work is part of a collaborative project 
called ‘COMPTINN’ (INNovative COMPosite 
materials for intermediate Temperature 
applications). It aims at enabling the manufacturing 
of competitive structural composites able to 
withstand continuous thermal exposure such as in 
aircraft parts located close to the engines. The 
research is led in partnership with Pyromeral 
Systems and Herakles companies. 
 

A prepreg process is currently used to manufacture 
these glass-ceramic matrix composites because of 
the quite high resin viscosity. However, composites 
would be more competitive for aircraft industry if 
they were produced by an easy and cost effective 
processing technology. Well-known liquid moulding 
techniques, such as liquid resin infusion (LRI) or 

resin transfer moulding (RTM), seem to be a 
convenient solution. The rheological behaviour of 
the considered inorganic polymer was previously 
investigated [4]. The best conditions were identified 
to obtain the lowest viscosity of the resin in order to 
help the production of structural composite parts by 
liquid moulding. Besides, as the resin is an aqueous 
suspension, one way to decrease its viscosity is to 
increase the water content. But, the water dilution of 
the resin impact on the composite properties has to 
be known. A previous work, to study the impact of 
the resin water content on composites tensile 
properties made by prepreg process, shows that: 
when water is added in a too small quantity, 
composites exhibit an elastic and quite brittle 
behaviour. When water is added in a sufficient 
quantity, the behaviour changes: these composites 
exhibit an enhanced damage tolerance. Resin diluted 
with this amount of water will be referred in this 
paper as “diluted resin” to keep the amount of water 
confidential. 
 

The research work presented in this paper 
investigates how changes in the manufacturing 
process impact mechanical properties of the 
composites. A microstructural characterization links 
the mechanical behaviour to the processing route. 
 

2 Materials and methods 

2.1 Materials 

The composite materials were manufactured with 
various processing techniques and reinforcements. 
This paper focuses on prepreg and RTM (∆P=3bars) 
processes. Two kind of reinforcements were 
considered: a layup of several two-dimensional 
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 2 

woven fabric plies and a three-dimensional preform. 
Two carbon fiber grades were used, referred to as 
‘grade 1’ and ‘grade 2’ fibers. Two-dimensional 
fabrics are made with grade 1 fibers, and three-
dimensional preform with grade 2 fibers. The matrix 
comes from the inorganic resin, which was used as 
manufactured or after water addition. This paper is 
dealing with six materials. Table 1 sums up 
composite material details. All the materials are 
postcured at high temperature. Several studies are 
reported in the litterature about composite 
manufactured with a geopolymeric matrix [5, 6]. But 
the glass-ceramic matrix of the materials studied in 
this paper has completely different properties. 
 

Three coupons were tested for both materials 
processed by prepreg. Four or five coupons are cut 
throughout the plates manufactured by RTM. The 
impact of the position of the coupon in the plate 
made by RTM process on the properties is studied 
too. In the presented results, the impact of the 
position was slight. In any case, differences between 
each specimen are included in standard deviation 
data. Results obtained for the 6 composite materials 
will be presented in this paper. 
 

Table 2 gives the mean thickness, fiber volume 
fraction and open porosity of each material. Open 
porosity was measured by imbibition and 
Archimedes methods. Thanks to these methods, 
open porosity is estimated with three weight values. 
One with a dry sample in air, the second and third 
weight values are obtained with a water imbibited 
sample in air and in water. Open porosity values of 
the ‘prepreg_2D’, ‘RTM_2D’ and ‘RTM_3D’ 
materials, made from an undiluted resin,  are 
respectively of 18.4%, 25.1% and 27.1%. For 
Prepreg_2D composites, open porosity is increasing 
with the water dilution of the matrix precursor to 
20.3.%. For the RTM_2D composites, the amount of 
open porosities is constant. For the RTM_3D 
composites, the amount of open porosities is 
increasing to 28.1%. For ceramic matrix composites, 
usual fiber volume fractions range from 35% to 
45%. Values obtained in the present study are in this 
range. The fiber volume fraction is one of the most 
important factor that controls the mechanical 
behaviour of composites. The higher the fiber 
volume fraction, the higher the composite strength 
and stiffness. In this study, values are quite close. 
Besides, specimen thickness plays a role in tension 

tests because the load is transferred by friction at the 
grips. Thinner samples could provide better results. 

2.2 Methods 

Unloading-reloading tensile tests were carried out 
using a computer-controlled servohydraulic testing 
machine (810MTS). Tests are performed at room 
temperature under displacement control. The cross-
head displacement rate of the testing machine was 1 
mm per minute. A 30 mm gauge length 
extensometer is used to measure the sample strain. 
Specimens are loaded up to 50 MPa during the first 
cycle. Then, for each cycle, a stress increase of 25 
MPa is applied, until coupons fail. Stress-strain data 
were recorded. Aluminium tabs are bonded on 
specimens. Testing conditions were inspired by the 
C1275-10 ASTM standard [7]. 
 

The microstructure was studied through scanning 
electron microscopy (SEM) using a FEI Nova SEM 
microscope. Before SEM observations, open 
porosity of samples processed by RTM were filled 
under vacuum by a low viscosity epoxy resin. 
 

3 Tensile behaviour 

This section is divided into two parts. First, 
composites made using an undiluted resin and, 
secondly, composites made with a diluted one. 
Typical stress-strain curves are reported for each 
material in figures 1, 2 and 3. Figures 4-7 present 
bar charts of the strength, the yield stress, the 
modulus of elasticity and the tensile rupture strain 
for the six considered materials. Moduli of elasticity 
were determined from the slope of the tangent to the 
curve at the origin. 

3.1 Composites processed with an undiluted resin 

Both materials, manufactured with a 2D 
reinforcement by prepreg and RTM processes, show 
an elastic and quite brittle behaviour. Indeed, a very 
limited non linear domain is observed. However, 
mechanical properties drastically fall when RTM 
process is used. Strength decreases of about 50% 
and thus yield stress gets lower too. Rupture strain 
decreases from 0.37% to 0.26%. Only the modulus 
of elasticity remains quite unchanged. Strength and 
modulus of elasticity values of the Prepreg_2D 
composite are close to results obtained in previous 
works for ceramic matrix composites [8]: tensile 
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strengths range from 220 MPa to 420 MPa and 
moduli of elasticity from 64 GPa to 230 GPa. In this 
review, only carbon/carbon composites show an 
elastic and brittle behaviour [9, 10]. 
 

The RTM_3D composite is essentially non-linear, 
from 69 MPa. Its modulus of elasticity is 50 GPa. 
But, strength and rupture strain are rather high. 
Indeed, strength is 250 MPa and rupture strain is 
0.67%. The unloading-reloading hysteresis loops are 
narrow. Permanent deformations are observed after 
unloading. This behaviour was observed by Siron 
and Lamon on a three-dimensional carbon/carbon 
composite but with lower mechanical properties 
[11]. This non linear behaviour is probably partially 
due to the presence of crimped tows in the 3D 
preform. 

3.2 Composites processed with a diluted resin 

All the composites manufactured with a diluted resin 
exhibit a damage tolerant behaviour. This is a new 
behaviour characteristic for both 2D reinforced 
materials which indicates an enhanced damage 
resistance. This behaviour is especially interesting 
for structural applications. 
 

When water is added in the matrix precursor: 
- Moduli of elasticity are slightly decreased. 
- Yield stress levels decrease too. Prepreg_2D 

material is the more affected with a diminution 
of about 35%. A 20% decrease is observed for 
the yield stress of RTM_2D and RTM_3D 
materials. The Prepreg_2D material behaviour 
moves from a brittle one to a damage tolerant 
one. It explains the yield stress drop. However, 
the decrease is less important for RTM_2D 
composites. This is explained by the low initial 
mechanical properties. The yield stress decrease 
is less important for RTM_3D composite made 
from a diluted resin too. This is probably due to 
the unchanged tensile behaviour.  

- The rupture strain is increased when water is 
added in the matrix precursor for all materials. 
This is a noticeable advantage for structural 
applications. 

- Strength is decreased for the RTM_3D and for 
Prepreg_2D composites processed with a diluted 
resin. However, it is improved to 207 MPa 
instead of 135 MPa for the RTM_2D material. 

 

So, water addition changes the mechanical 
behaviour of Prepreg_2D composites: the specimen 
made using a diluted resin shows an highly non 
linear behaviour. A higher load carrying capability 
with strain, and residual strain during unloading are 
observed. However, strengths and moduli of 
elasticity are slightly decreased. The fiber volume 
fractions and thicknesses are close for both 
materials. So, the observed differences will be 
probably explained by the higher porosity of the 
Prepreg_2D composite processed with a diluted 
resin. 
The mechanical behaviour of RTM_2D composites 
is also impacted by a water addition in the resin. 
They exhibit an enhanced damage resistance and the 
strain capacity is improved by 40%. Strength is 
improved by 35%. Modulus of elasticity and yield 
stress are slightly impacted. The fiber volume 
fraction is 36% for the material processed with an 
undiluted resin and 39% for the material 
manufactured with a diluted one. These variations 
are due to the thickness variations. Open porosities 
values are close. 
Both 2D reinforced composites made with a diluted 
resin show a really interesting behaviour for 
structural applications. 
 

RTM_3D composites do not have a different 
mechanical behaviour with the dilution of the matrix 
precursor. All the properties are decreased except 
the rupture strain. The fiber volume fractions are 
38% and 33% for the materials processed 
respectively with an undiluted and a diluted matrix 
precursor. These variations are due to the thickness 
variations. 
 

4 Discussion 

This section deals with the interpretation of the 
effect of the process on the mechanical behaviour by 
considering microstructural characterization. Figure 
8 shows the SEM micrographs of fracture surface 
and  polished cross-section of the fiber/matrix 
interfaces in the Prepreg_2D composite with 
undiluted matrix. Figure 9 presents the fracture 
surface of the Prepreg_2D composite processed with 
a diluted resin at low magnification. Figures 10-15 
are cross section SEM micrographs of longitudinal 
tows, submitted to tension during tensile tests. For 
all composites, spaces between yarns are well filled 
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with matrix as presented in figure 16. 
Microporosities are randomly dispersed in the 
matrix. Differences between materials are located 
inside the tows.  

4.1 Composites processed with an undiluted resin 

In the Prepreg_2D composite microstructure, tows, 
represented in figure 10, are well filled. SEM 
observations reveal the presence of  two porosity 
classes. Nanoporosities are noticeable in the matrix, 
and microporosities are present at fiber/matrix 
interfaces. Figure 8 focuses on the fiber/matrice 
interface. A microporosity is located at the interface. 
Besides, when the contact between matrix and fiber 
exists, initial debonding is observed. The figure 9 
represents the fracture surface of the Prepreg_2D 
composite made from a diluted resin at a smaller 
magnification. The fibers have no matrix left on 
their surface. So, the grade 1 fiber/matrix bonding 
seems to be weak.  
 

The glass-ceramic matrices are brittle. During the 
elastic behaviour, load is shared between the fibers 
and matrix. When the latter breaks, fibers support 
instantaneously all the load and this leads to the 
composite failure. The brittle behaviour of the 
Prepreg_2D material is close to a monolithic 
material one. 
 

Figure 11 shows that the filling of the 2D fabric 
tows is different between prepreg and RTM 
processes. Only a small quantity of resin is present 
in the tows for RTM_2D composites. Thus, the total 
area of the fiber/matrix interfaces in this composite 
is extremely reduced in comparison with the 
undiluted prepreg material one. The load transfer 
between the fibers and the matrix is almost not 
assumed. The mechanical properties are thus 
drastically decreased. 
The nanoporosity network, which appears in 
Prepreg_2D composite, is not developed in 
RTM_2D composite. This is probably because of the 
too small quantity of resin. 
 

SEM observations in figure 12 show that there is 
more resin in the tows with a 3D preform. But the 
filling remains still not complete. The fiber/matrix 
interface surface is rather high and the load transfer 
between matrix and fibers is increased. Initial grade2 
fiber/matrix debonding was observed in the 
RTM_3D composite. The good mechanical 

properties are certainly due to the combined effects 
of larger filling of the tows and of the mechanical 
properties of the 3D reinforcement.  

4.2 Composites processed with a diluted resin 

For Prepreg_2D composites, results show that a 
water addition changes the mechanical behaviour: 
composites exhibit an enhanced strain capability. 
SEM observations in figure 13 of the material still 
reveals the presence of  two porosity classes: 
nanoporosities, which are in the matrix, and 
microporosities, located at fiber/matrix interfaces. 
However, in this composite made from a diluted 
resin, microporosities also appear in the matrix, and 
are present in a larger quantity at the fiber/matrix 
interfaces and become connected. This could explain 
the different behaviours observed during tensile 
tests. Microstructural changes, due to water addition, 
influence the microcrack and crack propagation. Due 
to the different porosity classes, microcracks 
initiation and propagation modes are modified. 
Microcracks’ deviation and branching may occur in 
the presence of porosity, enhancing the composite 
strain capability in tension. These observations are 
in agreement with the open porosity values of 18.4% 
for the composite manufactured from an undiluted 
resin and of 20.3% for the material made from a 
diluted one. Figure 9 shows the damage resistance 
capability of the composite made from a diluted 
resin. Multiple matrix microcracks are observed. 
 

For RTM_2D composites, water addition drastically 
changes the mechanical behaviour too: mechanical 
properties are enhanced. Figure 14 shows that tows 
are more filled in the composite made from a diluted 
resin than in the composite made from an undiluted 
one. Indeed, the dilution decreases the viscosity of 
the resin and thus, enhances the flow. Thus, 
fiber/matrix interface surface is higher and the load 
transfer between the matrix and fibers is permitted. 
Chermant [12] and then Lamon [13, 14] describe the 
damage mechanisms in 2D reinforced CMCs 
processed by chemical vapor infiltration. First, 
multiple microcracks are formed in the matrix, 
perpendicular to the loading direction and are 
stopped by the fibers and deflected at the 
fiber/matrix interfaces. These cracks initiate at pores 
of the matrix between the tows. The cracks are then 
initiated in the matrix in the transverse and 
longitudinal tows. At this stage, matrix damage and 
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fiber/matrix debonding are complete. The load 
transfer between matrix and fibers is not assumed 
anymore. Only the fibers are loaded. It is observed 
through the non-linearities of the unloading-
reloading curves. The higher quantity of matrix in 
the tows makes the composite damage tolerant. 
Besides, it can be observed that the resin structure 
(Fig. 14) is closer to the prepreg material (Fig. 10) 
than to the undiluted RTM one (Fig. 11). Indeed, 
nanoporosities can be observed. 
The high water content increases the resulting 
microporosities volume in the matrix but the tows 
are more filled and porosity in the yarns is 
decreased. This is in agreement with the close values 
of open porosity for both materials. 
 

For RTM_3D composites, water addition does not 
change the mechanical behaviour which is still 
damage tolerant. Mechanical properties are 
decreased but rupture strain. SEM observations does 
not show any noticeable change. The damage 
mechanisms are probably close. Open porosity value 
is higher for the material processed with a diluted 
resin. The material processed with a diluted resin is 
thicker than the material processed with an undiluted 
one. These characteristics could be one of the origins 
of the different properties. So, the dilution of the 
resin seems to have a less promising influence in the 
composites reinforced with a 3D preform. 
 

5 Conclusions 

The results presented in this paper shows: 
- the processing route effect on the materials, 
- the effect of varying the resin water content on the 
tensile properties of the composites, 
- the influence of the reinforcement type on the 
materials. 
 

Almost all the composites are interesting depending 
on the application they are used for. The prepreg 
process of a 2D reinforcement permits to obtain a 
brittle composite with quite high mechanical 
properties: a modulus of elasticity of 70 GPa and a 
strength close to 266 MPa. The RTM process of a 
2D reinforcement does not give an interesting 
material. However, the RTM process of a 3D 
reinforcement offers a damage tolerant composite 
with a modulus of 50 GPa and a strength of 250 
MPa.  

The dilution of the matrix precursor seems to be an 
interesting way to obtain new properties. The 2D 
reinforced composite processed with prepreg process 
is damage tolerant and offers a strain capability. The 
composite processed by RTM with a 2D 
reinforcement is now reliable for strutural 
application and offers a damage resistant behaviour 
with a strength close to 200 MPa and an interesting 
strain capability. Dilution of the resin used to 
manufacture the composite processed with a RTM 
process and a 3D reinforcement does not bring new 
properties but may offer a higher damage tolerance.  
 

This research is a first step to modify the processing 
route of competitive structural composites able to 
withstand continuous thermal exposure such as in 
aircraft parts located close to engines. These 
different considered manufacturing techniques lead 
to different materials with different properties. Some 
modifications of the mechanical behaviour, induced 
by the process, are interesting for structural 
applications, since they improve the damage 
tolerance. Building a competitive and structural 
composite material for aircraft applications, 
exhibiting all the required properties, such as good 
modulus, high strength and strain capability, and 
able to withstand continuous thermal exposure, 
seems now possible. 
 

Figures 

Composite Process Reinforcement Resin 
undiluted 

Prepreg_2D Prepreg 2D fabric (6 layers) 
diluted 

undiluted 
RTM_2D RTM 2D fabric (7 layers) 

diluted 
undiluted 

RTM_3D RTM 3D preform 
diluted 

 

Tab. 1. Considered composite materials.  
 

Composite Resin Thickness Vf OP 

undiluted 1.78 mm 38% 18.4% 
Prepreg_2D 

diluted 1.75 mm 39% 20.3% 
undiluted 2.30 mm 36% 25.1% 

RTM_2D 
diluted 2.10 mm 39% 25.2% 

undiluted 2.36 mm 38% 27.1% 
RTM_3D 

diluted 2.74 mm 33% 28.1% 
 

Tab. 2. Thickness, fiber volume fraction and open 
porosity of the composite samples. 
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Fig. 1. Tensile test curves of glass-ceramic matrix 
composite materials made by prepreg process with 2D 
reinforcement. 
 
 

 
Fig. 2. Tensile test curves of glass-ceramic matrix 
composite materials made by RTM with 2D 
reinforcement. 
 
 

 
Fig. 3. Tensile test curves of glass-ceramic matrix 
composite materials made by RTM with 3D preform. 
 
 

 
Fig. 4. Modulus of elasticity of the 6 considered glass-
ceramic matrix composite materials. 
 
 
 

 
Fig. 5. Strength of the 6 considered glass-ceramic matrix 
composite materials. 
 
 
 

 
Fig. 6. Yield stress of the 6 considered glass-ceramic 
matrix composite materials. 
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Fig. 7. Rupture strain of the 6 considered glass-ceramic 
matrix composite materials. 
 
 

  
 

 
 

Fig. 8. SEM micrographs of fiber/matrix interfaces in the 
Prepreg_2D composite processed with an undiluted resin. 
 
 
 

 
 

Fig. 9. SEM micrograph of a fracture surface of the 
Prepreg_2D composite processed with a diluted resin. 
 
 

 
 

Fig. 10. SEM micrograph of a Prepreg_2D sample 
processed with an undiluted resin (longitudinal tow).  
 
 

 
 

Fig. 11. SEM micrograph of a RTM_2D sample 
processed with an undiluted resin ( longitudinal tow). 

Area previously in 
contact with a fiber 

Microporosity 

Initial debonding 

ICCM19 6257



 8 

 
 

Fig. 12. SEM micrograph of a RTM_3D sample 
processed with an undiluted resin (longitudinal tow). 
 
 

 
 

Fig. 13. SEM micrograph of a Prepreg_2D sample 
processed with a diluted resin (longitudinal tow). 
 
 

 
 

Fig. 14. SEM micrograph of a RTM_2D sample 
processed with a diluted resin (longitudinal tow). 
 
 

 
 

Fig. 15. SEM micrograph of a RTM_3D sample 
processed with a diluted resin (longitudinal tow). 
 
 

 
 

Fig. 16. SEM micrograph of a RTM_2D sample 
processed with an undiluted resin (cross-section between 
tows). 
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1 Introduction  

Timber is one of the world's oldest construction ma-
terials. It was already used for timber bridges in 
Mesopotamia 3000 to 2000 B.C. [1]. The relatively 
high specific strength of timber (strength/density 
ratio) was often and still is an important criterion for 
its use. If treated correctly, timber has a long service 
life, as can be seen in timber bridges and multi-
storey framework buildings in Asia or Europe that 
are over 400 years old [1]. In cases where the di-
mension or load bearing capacity of wood is not suf-
ficient, combinations of fiber reinforced polymers 
(FRP) and timber are used today. Post-strengthening 
of timber structures with FRP has been very success-
ful since 21 years [2]. The combination of these two 
materials will also allow new, innovative wide span 
constructions in future. 

2 Concept and Construction 

2.1 Concept 

A bowstring arch bridge is an arch bridge, in which 
the outward-directed horizontal forces of the arch 
are borne as tension by the bottom chord, rather than 
by the ground or the bridge foundations [3]. Thrusts 
downward on such a bridge's deck as in this project 
are translated, as compression, by vertical struts 
from the deck to the polygonal bottom chord, tend-
ing to flatten it and thereby to push its tips outward 
into the abutments, like classical arch bridges. How-
ever in a bowstring- or tied-arch-bridge, these 
movements are restrained not by the abutments but 
by the bottom chord, which ties these tips together, 
taking the thrusts as tension, rather like the string of 
a bow that is being flattened. Therefore the design is 
called a bowstring-arch bridge. The elimination of 
horizontal forces at the abutments allows bowstring-

arch bridges to be constructed with less robust foun-
dations. In addition, since they do not depend on 
horizontal compression forces for their integrity, tied 
arch bridges can be prefabricated off site, and subse-
quently lifted into place. The described bowstring-
arch bridge reacts as system like a simply supported 
single-span beam bridge. However it is related to its 
dead load much stiffer. 

2.2 Construction 

The whole bridge (Fig. 1) was assembled in a labo-
ratory hall of Empa. The originally flat glulam slab 
is stress-laminated. It is 12 m long, 3 m wide and 16 
cm deep. 

A

A
12.00

 
3.00

.8
2

.1
6 A  - A

 
Fig. 1. Geometry and main dimensions of the bow-
string arch bridge. All measurements are in [m]. 

The glulam slab is constructed by placing 16 cm 
wide (equal with depth of slab) and 4 cm thick sawn 
common spruce lumber laminations on edge. It was 
delivered in two 12 m long and 1.42 m wide glulam 
slab strips (Fig. 2). This two glulam slab strips were 
laid out in parallel to each other. 50 mm wide and 
0.12 mm thick unidirectional thermoplastic CFRP 
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tapes with an E-modulus of 125 GPa were pulled on 
these two glulam slab strips (Figs. 3 and 4) in lateral 
direction. Then these two slab strips were pushed 
outwards with wedges in the central gap (Figs. 5 and 
6). The spacing in longitudinal direction between the 
wedges was finally filled with spruce. 

The stiffness (EA) of each of the 41 lateral tendons 
is 1.5 MN. The fibers used were Toray T700 and the 
matrix was a polyamide PA12. For the outermost 
lumber laminations on the longitudinal edges oak 
was used to avoid dents of the CFRP tapes into the 
lumber due to contact stresses. With this technique 
an efficient lateral pre-stressing was reached. It is 
causing the deck to act as a large orthotropic wooden 
plate. 

 

 

Fig. 2. Two glulam strips each 12 m long and 1.42 m 
wide. 

 

 

Fig. 3. As a closed loop welded unidirectional ther-
moplastic CFRP tape for lateral pre-stressing. Di-
mensions: 30 mm wide, 0.12 mm thick. 

 

Fig. 4. The CFRP closed loops are ready to be pulled 
over the two glulam strips as lateral pre-stressing 
elements. 

 

Fig. 5. Principle of the application of the lateral pre-
stressing of the glulam slab with the help of wedges. 
The pre-stressing had to be conducted iteratively 
over the length of the slab and the wedges were 
glued at the final stage. The grey shaded parts are 
made of hard wood. 

 

Fig. 6. Pre-stressing of the 41 closed CFRP loops. 

Between the lateral CFRP tendons wooden spacers 
were fixed to the top of the glulam slab (Figs. 7-9). 
Later in the construction process the glulam slab was 
covered with a GFRP plate of 8 mm thickness. The 
tasks of this GFRP plate are to protect the glulam 
slab against rain and the thin, vulnerable CFRP tapes 
against damage, especially wear. The wooden spac-
ers were arranged since nobody can ensure that the 
GFRP deck will be fully waterproof for the whole 
lifecycle of the bridge. In the case of a large leak it 
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Fig. 7. Lateral wooden spacers on top of the slab. 

 

Fig. 8. Lateral wooden spacers on top of the slab. 

Fig. 9. GFRP deck mounted on the wooden spacers. 

 

could be seen when the water flows out at the longi-
tudinal edges of the bridge. In the case of a small 
leak the water would evaporate in the air gap. There-
fore it is the task of the spacers to avoid rottenness 
of the wooden bridge slab. 

The bowstring-arch bridge concept was realized 
with six longitudinal arranged CFRP bowstrings and 
the above described glulam plate for the finally arch 
shaped bridge slab (Fig. 1). The bowstrings are 
composed of non-laminated pin loaded thermoplas-
tic CFRP strap elements. The stiffness EA of each 
bowstring is 18 MN. It was the first time that such 
tendons were applied in a bridge construction. 

Laboratory experiments and analytical modeling [4] 
have shown that there are severe stress concentra-
tions in the region where the strap and the pin meet 
in the case of laminated pin loaded tendons (Fig. 
10a). 

The tensile resistance of the strap is therefore limited 
to about 50 % of the material’s expected unidirec-
tional strength. This is attributed to stress concentra-
tions, which lead to premature failure. Furthermore, 
the production process for multi-layered laminated 
straps is not straightforward, if fiber misalignment is 
to be eliminated where the stress concentrations oc-
cur. An alternative option to reduce the undesirable 
stress concentrations, overcome the manufacturing 
difficulties and to reduce cost is the use of a non-
laminated strap. The concept which has been pat-

 
 

 
(a) (b) 

Fig. 10.  Conceptual design of pin-loaded strap 
elements. 

GFRP Deck
8 mm thick

Spacer 

3  
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ented [5] is shown in Fig. 10b. The CFRP strap now 
comprises a number of unidirectional reinforced lay-
ers, formed from a single, continuous, thermoplastic 
tape of about 0.12 mm thickness. The tape is wound 
around the two pins and only the end of the outer-
most layer is fusion bonded to the next outermost 
layer to form a closed loop. 

The non-laminated strap element enables the indi-
vidual layers to move relative to each other, which 
allows an equalization of forces in the layers as the 
strap is tensioned. The stress concentrations are re-
duced since the new structural form is more compli-
ant than the laminated equivalent. Control of the ini-
tial tensioning process reduces interlaminar shear 
stresses so that a fairly uniform strain distribution in 
all layers can be achieved. The approach allows 
greater flexibility in terms of the geometry of the 
tendon, and it can be manufactured on site. More-
over, the concept is going to be less expensive be-
cause there is no consolidation process required. 

An important aspect of non-laminated pin-loaded 
straps is the brittle nature of the carbon fibers. The 
stress, at which brittle fibers fail usually depends on 
the presence of flaws, which may occur randomly 
along the length of a fiber. A statistical approach of 
this situation involves conceptually dividing a length 
of fiber into a number of incremental lengths. The 
fiber fractures when it has at least one incremental 
element containing a flaw sufficient to cause failure 
under a given stress. This analysis is known as the 
Weakest Link Theory (WLT) [6]. The Weibull 
modulus, m, is an important parameter for character-
izing the strength distribution of brittle solids. A low 
value of m (e. g. < 10) implies considerable uncer-
tainty about the strength of a specimen. In practice, 
many ceramic materials exhibit Weibull moduli in 
the range from 2 to 15. Sommer et al. [7] reported 
values of m = 5.25 for strength properties of single 
carbon fiber filaments type Sigrafil C. Winistoerfer 
[4] measured for the best suited non-laminated strap 
elements Weibull moduli up to m = 49. This is a 
proof for a high system reliability of non-laminated 
CFRP strap elements. Ongoing outdoor creep tests 
are being carried out at Empa on specimens consist-
ing of twenty-seven layers. Two specimens are 
loaded to 90 % of the average static load carrying 
capacity of equivalent straps. These specimens re-
sisted more than six years these severe loading con-
ditions. 

After the prefabrication of the glulam slab and the 
CFRP straps, “the bow has been drawn”. For this 
longitudinal post-tensioning the flat bridge deck was 
supported at the two outer quarter-points (Fig. 11a) 
of its length and loaded with four concrete blocks at 
each beam end (Fig. 11b). This loading (approxi-
mately 32 kN per cantilever) resulted in the elastic 
deflection that was needed for the assembly of the 
struts and tendons. After putting these members into 
place the bowstring-arch was finally realized by the 
removal of the concrete blocks (Figs. 11c, 12, 13 
and 14). The deflection is 1/75 of the span. The sys-
tem is simple to install and operate, and time-
consuming procedures such as bonding of post-
tensioned elements and applying post-tensioning 
forces using hydraulic actuators are avoided. The 
total dead load of the bridge is 24.5 kN. The design 
load was set to 4 kN/m2. All CFRP tendons were 
delivered by the Carbo-Link Ldt. 

Fig. 11a. Flat glulam slab supported in quarter-
points. 

 

Fig. 11b. “Drawing of the bow”. 

 

Fig. 11c. After the installation of the GFRP struts 
and the CFRP tendons the concrete blocks were re-
moved. 
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Fig. 12. Bowstring composed of non-laminated 
thermoplastic CFRP strap elements, going through 
the hole in the glulam slab to the termination of the 
pin-loaded strap. The stiffness EA of each bowstring 
is 18 MN. The stiffness of the lateral tendons is 1.5 
MN. 

 

Fig. 13. Termination of a 
pin-loaded CFRP strap be-
fore tensioning. The length 
of a CFRP pin is 125 mm, 
and the diameter 40 mm 
(see also Fig. 12). 

Fig. 14. Termination 
of a pin-loaded CFRP 
strap after tensioning. 
The fiber lay-up of 
the CFRP-pin is 
0/45° (Fiber Tenax 
UTS / EP). 

The bridge deck is covered, as described in preced-
ing sections, with a plate made of GFRP and the rail-
ing is also made of GFRP components. Most of the 
not load carrying joints of GFRP components are 
realized by gluing with an Epoxy type adhesive. Af-
ter the assembly of the monitoring system compo-
nents, the GFRP deck cover and parts of the railing, 
load tests were executed. 

GFRP struts and CFRP tendons are shown in Figs. 
15 and 16. The struts are designed a pendulum col-
umns. The joint at the bottom ends of the struts and 

the CFRP tendons is only based on contact and fric-
tion. 

 

Fig. 15. There is no adhesive bond at he bottom ends 
of the struts and the CFRP tendons. 

 
Fig. 16. The struts are designed a pendulum col-
umns. 

3 Installation 

 
Fig. 17. Easy going installation of the bridge by 
crane. 

5  
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The bowstring-arch bridge was set in place by a light 
crane that lifted the bridge over a water basin in 
front of the Empa head-office (Fig. 17). 

6 Monitoring 

6.1 Sensing Systems 

Various advanced sensing systems have been in-
stalled to monitor the bridge. The system includes 
sensors for temperature, humidity, change of the 
width of the bridge, the tension of the CFRP bow-
string tendons and a video system (Figs. 18, 19) for 
distributed deformation measurements [8]. 

 

Fig. 18. Video camera (inside circle) for photo-
grammetric measurements. 

 

 
Fig. 19. Video targets fixed to the crossbeams con-
necting the struts at the quarter-spans, mid-span and 
the opposite abutment (reference) of the camera po-
sition. 

6.2 Load Tests 

Prior to installation of the bridge a load test was per-
formed in the laboratory. Simultaneously the video 
surveillance system was tested. The load consisted 
of up to three concrete blocks each with a mass of 
about 860 kg (Fig. 20). They were placed perpen-
dicularly to the longitudinal axis in the middle of the 
bridge. In Fig. 21 the measured deflections for the 
quarter-points and midspan are shown. For details 
see [8]. 

 

Fig. 20. Set-up for the load tests in the laboratory. 
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Fig. 21. Results of experimental load tests. 

 

The bowstring-arch behaved during the load tests 
nearly perfect elastic. After unloading the deflec-
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tions reached zero again. The comparison of the data 
of the quarter-points proves symmetrical deflections. 
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Fig. 22. Results of strain measurement and its expo-
nential fitting curve for the glulam slab in lateral 
direction at mid-span. The bottom curve shows the 
seasonal deviation due to fluctuations of moisture 
and temperature. 

Fig. 22 shows the results of strain measurements 
lateral to the glulam slab at mid-span. For details see 
[8 and 9]. These strains are typical for the whole slab 
and include all dimensional changes due to moisture, 
temperature fluctuations and due to creep of the glu-
lam caused by the original lateral pre-stressing 
forces. 

The moisture content of the “dry” wood approaches 
exponentially the average moisture. The time con-
stant is approximately 180 days. The glulam slab has 
been slightly warping in lateral direction due the 
effects of moisture variation between opposing sur-
faces of the slab. As the top surface of the slab, cov-
ered by the GFRP deck, dries, the volume change 
causes the surface to shorten while the bottom of the 
slab above the water stays moist. Because the bot-
tom surface stays moist, there is little or no shorten-
ing due to the effects of drying. 

Due to the water take-up within the first two years 
there was a gain in swelling of ε = 0.38%. These 
strain measurements have been performed on the 
soffit of the glulam slab. Due to the described warp 
of the slab the average lateral strain will be a little 
bit less. 

Taking into account that the stiffness EA of a lateral 
CFRP tendon is 1.5 [MN], there is an additional pre-
stressing force of about 5.7 kN for each tendon. 
Since the pin-loaded CFRP straps face from an en-

gineering point of view no stress-relaxation [10], 
these additional forces are a real gain. 

The bridge has been continuously monitored since 
its installation in March 2007 by a video photo-
grammetry system (Figs. 18 and 19) and is structur-
ally performing perfectly. 

Figs. 23 and 24 display the dynamic behavior of the 
structure due to an abrupt unloading. 

The average person's walking pace on a foot bridge 
is about 1.7 Hz, or two steps per second. To avoid a 
feedback loop, the resonant frequency of a foot 
bridge should be higher than 4.5 Hz [11]. According 
to the results with the abrupt unloading experiments 
(Fig.24) is this condition with 4.6 Hz fulfilled. 

 
Fig. 23. Oscillation duration due to abrupt unload-
ing. 
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Fig. 24. Characteristic frequencies: first mode 4.6 
Hz and second mode 6.0 Hz. 
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4 Costs 

Glulam

GFRP

CFRP

a) b)  
Fig. 25. Materials volume fractions a) versus cost b). 

It is interesting to compare the volume fractions of 
materials and the corresponding cost for the whole 
bowstring-arch bridge (Fig. 25). The volume frac-
tion (Fig. 25a) of glulam amounts to 93.8%, that of 
GFRP to 5.9% and that of CFRP to only 0.3%. On 
the cost percentage basis (Fig. 25b) glulam amounts 
to 18% (=12’000 USD), GFRP to 42% (=28’000 
USD) and CFRP to 40% (=27’000 USD). The total 
price for bridges of this type in regular construction 
will be about 3’200 USD per square meter bridge 
surface. 

5 Sustainability 

By the increase of timber consumption the global 
CO2 balance is favorable in two ways: (i) The use of 
timber in construction constitutes long term storage 
of CO2; (ii) The use of timber in construction avoids 
the direct CO2 emission due to production of steel or 
concrete. As shown in Fig. 25a, this bowstring-arch 
bridge made of materials by combination has a vol-
ume fraction of 94% of wood. This type of bridge is 
therefore from an environmental point of view very 
sustainable. 

7 Conclusions 

Laminated wood has developed into a high-tech ma-
terial due to its homogenization. Nowadays, it can 
provide slender constructions and, when combined 
with advanced materials such as carbon fiber rein-
forced polymers (CFRP), constructions with a very 
appealing architecture. Precisely in combination 
with new connecting elements, like pin loaded 
CFRP straps, it is possible to use laminated wood in 
highly stressed and dynamically loaded structures. 
Considering all the advantages of the described 
bowstring arch structure like lightweight, no corro-

sion, easy installation, good value and in the long 
run most important an excellent sustainability, there 
will be a very bright future for such structures. 
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1 Introduction 

Mechanical behavior of thermosetting resins exhibit 
time and temperature dependence not only above the 
glass-transition temperature Tg but also below Tg.  
These resins generally do not exist in 
thermodynamic equilibrium state below Tg.  The 
current state gradually moves towards the 
equilibrium state.  The non-equilibrium state, 
however, is characterized by the transport mobility, 
which depends primarily on the degree of packing, 
or on the free volume.  This state is approached 
asymptotically.  As a result, the specific volume of 
resin decreases from B to B’’ under the constant 
temperature as shown in Fig.1.  Such a process is 
called physical aging and significantly affects 
mechanical behavior, especially the viscoelastic 
behavior of thermosetting resins.  These examples 
have been shown by Struik [1], Kong [2], Sullivan 
[3], Sullivan et al [4], Hastie and Morris [5], 
Kasamori et al [6-7], Feldman and Gates [8]. 
 

 
 

Fig.1. Specific volume versus temperature 
 
We proposed the accelerated testing methodology to 
predict the long-term creep and fatigue strengths of 

FRP based on the time-temperature superposition 
principle (TTSP) for the viscoelastic behavior of 
matrix resin and confirmed the applicability of this 
methodology for various kinds of FRP [9-10].  It is 
concluded from these results that the long-term 
viscoelastic behavior of matrix resin in the range of 
temperature below Tg should be accurately evaluated 
from the short-term measured data at elevated 
temperatures for the reliable prediction of the long-
term strength of FRP. 
In this paper, the experimental study has been 
carried out to clarify the influence of physical aging 
on the viscoelastic behavior of epoxy resins.  We 
first construct the master curves of storage modulus 
at the reference temperature for epoxy resins aged at 
various aging conditions.  We then select a reference 
aging condition corresponding to specific aging 
temperature Ta0 and aging time ta0.  Master curves 
for various aging conditions were found, after 
suitable horizontal and vertically shifts, to collapse 
into a single smooth curve corresponding to the 
master curve for the reference.  The single smooth 
curve thus obtained is designated as the grand 
master curve.  In this process, we introduce the 
aging progressive rate similar to the time-
temperature shift factor used in the construction of 
the master curves. 
 
2 Influence of Physical Aging on Viscoelastic 

Behavior 

The viscoelastic behavior, e.g. storage modulus 
versus time curves under temperatures below and 
above Tg are respectively shown by black and red 
solid curves, while those for different physical aging 
progress under temperature below Tg are shown by 
solid and dotted black curves in Fig.2.  If the same 
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TTSP holds for the viscoelastic behavior under the 
wide range of temperature from below Tg to above 
Tg, regardless the progress of physical aging, these 
curves can be superimposed each other, and then the 
grand master curve can be constructed.  Therefore, it 
can be presumed that the change of storage modulus 
with temperature and progress of physical aging is 
characterized by the shifting of these curves.  From 
the next section, we conducted experimental 
verification for this assumption. 
 
 

 
 
Fig.2. Influence of physical aging on the viscoelastic 
behavior 
 
 
3 Experimental Procedures 

The composition of resin used in this study is 
deglycidyl ether of bis-phenol A (jER 828) for epoxy 
resin, metylnadic anhydride for hardener, and 2-
ethyl-4-methyl-imidazole as shown in Table I.  
Epoxy resin was cured at 70°C for 12 hours, and 
then post-cured at 150°C for 4 hours and at 190°C 
for 2 hours followed by a slow cooling at 0.5°C per 
minute. 
 
 
Table I Composition and cure schedule of epoxy 

resin 

 
 

Epoxy resin cured as mentioned above was heat-
treated at fifteen different conditions which are 
combined three levels of aging temperature Ta= 
80°C, 100°C, 120°C and five levels of aging time 
ta=103min, 3x103min, 104min, 3x104min, 105min as 
shown in Table II.  The viscoelastic behavior for 
aged epoxy resin was measured by dynamic 
mechanical analysis (DMA) under various 
frequencies and temperatures under three-point 
bending (shown in Fig.3) with 0.1% of constant 
strain amplitude.  In addition, the density of epoxy 
resin was measured by the density gradient column 
using calcium nitrate solution. 
 
 

Table II Aging condition 

 
 

 
 

Fig.3. Three-point bending for DMA 
 
 
4 Results and Discussion 

4.1 Master curve of storage modulus 

The left side of Fig.4(a) shows the storage modulus 
E’ versus time t (inverse of frequency f) at various 
temperatures T of epoxy resin aged at Ta=120°C for 
ta=103min as an example.  The master curve of E’ 
versus reduced time t’ was constructed by shifting 
E’ at various constant temperatures along the log 
scale of t and log scale of E’ as shown in the right 
side of Fig.4(a).  Figure 4(b) and 4(c) respectively 
show the time-temperature shift factor aT0 and the 
temperature shift factor bT0 which are obtained by 
constructing the master curve of E’ of epoxy resin 
aged at Ta=120°C for several aging times. 
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(a) Master curve of storage modulus for epoxy resin 

aged at Ta=120°C for ta=103min 
 
 

 
(b) Time-temperature shift factor for epoxy resin 

aged at Ta=120°C for several aging times 
 
 

 
(c) Temperature shift factor for epoxy resin aged at 

Ta=120°C for several aging times 
 

Fig.4. Master curve and shift factors of storage 
modulus for epoxy resin 

4.2 Grand master curve of storage modulus 

The master curves of E’ for epoxy resins aged at 
fifteen aging conditions were constructed as shown 
in the left side of Fig.5.  The right side of Fig.5 
shows the grand master curve of E’ at a reference 
aging condition ta0=103min and Ta0=80°C obtained 
by shifting master curves of E’ horizontally and 
vertically for various aging conditions. 
The aging progressive rates β and γ which are 
horizontal and vertical shift factors for constructing 
the grand master curve defined by 
 

"
'

t
t

=β , 
( )
( )0,"'

,''

a

a

TtE
TtE

=γ    (1) 

 
The β and γ versus aging time ta at various aging 
temperatures Ta are shown on the left side of 
Figs.6(a) and 6(b).  Master curves of β and γ are 
constructed by shifting β and γ at various aging 
temperatures along the log scale of aging time until 
they overlap each other as shown in the right side of 
Figs.6(a) and 6(b).  The density ρ versus aging time 
ta at various aging temperatures Ta are shown in the 
left side of Fig.6(c).  Master curve of ρ is 
constructed by shifting ρ at various aging 
temperatures along the log scale of aging time until 
they overlap each other as shown in the right side of 
Fig.6(c).  Figure 7 shows the time-temperature shift 
factors for constructing the master curves of β, γ and 
ρ.  These time-temperature shift factors agree well 
with each other. 
Figure 8 shows the relationship between β, γ and ρ 
for fifteen aging conditions.  These figures show the 
aging progressive rate and the density satisfy the 
one-to-one correspondence regardless the aging time 
and aging temperature. 
We checked chemical change of epoxy resin after 
heat treatment for several aging conditions by DSC.  
Figure 9 shows the DSC curves of epoxy resin aged 
at Ta=80°C for ta=103min and at Ta=120°C for 
ta=105min.  Both curves are clearly different with 
each other.  Therefore, it is considered that the 
chemical change occurs for epoxy resin aged at 
Ta=120°C for ta=105min during heat treatment. 
Figure 10(a) shows the relationship between time-
temperature shift factor aT0 plus aging progressive 
rate β and density, while Fig.10(b) shows the 
relationship between temperature shift factor bT0 
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plus aging progressive rate γ and density.  The plots 
for epoxy resin aged at Ta=100°C for ta=105min, 
Ta=120°C for ta=3x104min and 105min are indicated 
by light symbols because it is considered that the 

chemical change occurred for these conditions.  It is 
respectively shown in these figures that there are 
one-to-one correspondence between these shift 
factors and polymer density. 

 

 
(a) Aging temperature Ta=80°C 

 

 
(b) Aging temperature Ta=100°C 

 

 
(c) Aging temperature Ta=120°C 

 
Fig.5. Grand master curves of storage modulus for epoxy resin 
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(a) Aging progressive rate β 
 

 
 

(b) Aging progressive rate γ 
 

 
 

(c) Density ρ 
 

Fig.6. Master curves of aging progressive rates and density 
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Fig.7. Time-temperature shift factors for aging progressive rates and density 
 
 
 

                
 

(a) Aging progressive rate β                                                 (b) Aging progressive rate γ 
 

Fig.8. Relationship between aging progressive rates and density 
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Fig.9 DSC curves for epoxy resin aged at ta=103min and Ta=80°C, ta=105min and Ta=120°C 
 

          
 

(a) Time-temperature shift factor                           (b) Temperature shift factor 
 

Fig.10 Relationship between shift factor and density 
 
 
5 Conclusion 

The master curves of storage modulus of epoxy resin 
for various aging conditions were found to collapse 
into a single smooth curve corresponding to a 
reference aging condition after suitable horizontal 
and vertical translations.  The aging progressive rate 
which are the amount of horizontal and vertical 
translations can be used to estimate the aging 
process.  We have also shown that there is one-to-
one correspondence between the time-temperature 
shift factor and polymer density. 
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 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 1 Introduction and Fundamentals 

In the last decade thermoplastic composites has been 

identified as an important low weight and high 

strength engineering material. Especially their 

possibility of re-melting draws a high interest [1, 2]. 

Nevertheless, the re-melting can cause positive 

effects such as weldability and formability or 

negative effects like residual stresses and a loss of 

consolidation of the well-consolidated composite, 

which is dependent on the heating procedure. 

Henninger et al. defined deconsolidation as the 

tendency of a composite to lose consolidation on re-

heating, hence as a structural degradation. The 

degradation is associated with an increase of void 

content [3]. Deconsolidation is commonly unwanted 

due to the increased void content leading to a 

reduction of mechanical performance of parts [4-6]. 

Therefore, the pressure must be kept until the 

composite solidifies to prevent deconsolidation. 

Many authors have investigated the factors 

influencing the deconsolidation terms void content 

and thickness. From the literature, different main 

factors can be identified. One key factor can be the 

decompaction of the fiber reinforcement network 

[4]. Another factor is the evolution of the voids 

caused by the thermal gas expansion and internal 

void pressure [5, 6]. The surface tension is leading to 

void shrinkage and coalescence of smaller voids into 

larger voids [5, 6]. Further factors are the thermal 

expansion of the composite itself and the 

viscoelastic behavior of the matrix [7]. The 

importance of each factor is controversial due to the 

different investigated composite types.   

Usually the studies were addressed to the thickness 

increase and void evolution dependent on some of 

the listed influencing parameters. But nevertheless 

only Henninger et. al has investigated the effect of 

de-consolidation on interlaminar properties [3]. 

They investigated the effect of holding pressure on 

the flexure strength, which is rather linear for a 

GF/PA12 and decreases by about 30% from 2% void 

content to 10%. Two reasons were identified of 

influencing the interlaminar shear strength, namely 

the polymer strength and the void content. Many 

authors has investigated the influence of void 

content on interlaminar shear strength and showed a 

district linear behavior over a wide range of void 

content up to 14% [8-12]. The determined constants 

varied from author to author, which indicates that 

the influence is material or geometry dependent. 

John and Brown proposed an influence of the sizing, 

which is leading to a weaken of interface between 

the fibers and polymer resulting in lower 

interlaminar shear strength [13]. Vina et. al 

investigated the effect of moisture on interlaminar 

shear strength and found a significant decrease of 

strength even after short exposure times [14]. In 

order to get a deeper knowledge on the effect of 

deconsolidation on the interlaminar behavior, many 

different materials were investigated in respect to 

void content and interlaminar strength. 

2 Materials 

Several carbon and glass fiber composite materials 

were investigated with different weave styles and 

polymers such as polypropylene (high crystalline), 

polyphenylensulfide (medium crystalline), and 

polycarbonate (amorphous). It is aimed to cover a 

wide range of materials in order to gain a basic 

understanding about mechanisms and effects of 

deconsolidation. Therefore, the composites were 

manufactured in an autoclave or with a hot press, to 

indicate a possible influence of the manufacturing 

process. Three different reinforcement types are 

used, an unidirectional glass fiber, a 1/4 satin glass 

fiber weave, and a 2x2 twill carbon fiber weave. 

More details are given in Table 1. As matrix a 

polypropylene from Borealis AG type PP BJ100HP, 
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a polycarbonate from Bayer Material Science AG, 

and a polyphenylensulfide from Chevron Phillips 

chemical Company LLC type Ryton® are used 

(Table 2). The composites were manufactured in a 

film-stacking layout impregnated in an autoclave 

and with a hot press. All specimens were heated and 

cooled with 10 K/min to target temperature. During 

the autoclave process a pressure of 2.4 MPa and 

while the hot pressing a pressure of 4.5 MPa were 

applied. The polypropylene composite was heated to 

210 °C and held on temperature for 1 h. The 

polyphenylensulfide was heated to 320 °C, and the 

polycarbonate specimens were heated to 280 °C 

respectively. All used materials and their acronym 

are listed in Table 3. 

3 Research Target and Approach 

A three-step approach was chosen including a 

thickness measurement, an optical investigation of 

micrographs, and a mechanical measurement 

according to DIN EN ISO 14130. In the first step, 

the thickness and the fiber volume fraction was 

determined by high-resolution measurements. This 

is very important, because the fiber volume fraction 

increases the decompaction force with a polynomial 

function of the fourth order [15]. In the second step 

the consolidated and deconsolidated void 

distribution and content was analyzed to determine 

void migration and coalescence. Fig.1 shows the 

void change of a micrograph exemplary for GF/PC.  

Finally, the interlaminar shear strength and the 

fracture type were determined. Mechanical 

experiments showed a high impact on the thickness 

and interlaminar shear strength of a glass fiber 

polypropylene composite with an initial fiber 

volume fraction of about 53%. The fracture behavior 

changed from a more brittle to a more plastic 

deformation.  

In order to get equal matrix strength, the crystallinity 

kept similar by means of constant cooling rate of 

10 K/min after manufacturing and deconsolidation 

likewise. This was confirmed by a differential 

scanning calorimetry analysis.  

3.1 Deconsolidation treatment  

Deconsolidation treatments were carried out on a 

heated tool. Only from the bottom, heat was applied 

to the specimen. A cap covered the specimens to 

homogenize the temperature distribution of the 

specimen. Each specimen had a size of 50x50 mm². 

Free deconsolidation experiments were carried out 

for each configuration. During testing no external 

pressure was applied. This treatment was repeated 

for each configuration three times. Therefore, the 

specimens were heated with 10 K/min to target 

temperature, which are 210 °C for PP, 320 °C for 

PPS, and 280 °C for PC. The specimens were held 

for 30 min on temperature for reliving all internal 

pressure and equilibrate the specimen in the 

deconsolidated state. Inhibit deconsolidation 

treatments were carried out while applying a defined 

force. The experimental set up was similar to the 

free deconsolidation treatment, in contrast on top of 

the specimen a weight was loaded to gain a new 

equilibrated state of the deconsolidation, which has a 

lower void content than the freely deconsolidated 

specimens do. The test was not repeated, because 

only a trend is aimed to show. The applied pressure 

was set to 0.0016 MPa, 0.0048 MPa, 0.0064 MPa, 

and 0.012 MPa, which are lower than the proposed 

pressure of 0.2 MPa to eliminate deconsolidation for 

some reported fabrics in literature [16, 17].  

3.2 Analysis approach  

The thickness of the specimen was measured before 

and after each treatment with a high precise 

measurement screw with an proposed accuracy of 

±1 µm. At four positions, the thickness was 

measured. The fiber volume fraction was determined 

by the initial thickness, the number of layers, and the 

reinforced configuration.  

Micrographs of the consolidated and deconsolidated 

specimens were taken for post optical analysis. This 

analysis gained the void content, the void size 

distribution, the void shape, and the average void 

radius.  

Interlaminar shear strength was determined by the 

short-beam method according to DIN EN ISO 

14130. The bearing distance was chosen for each 

specimen according the specimen’s thickness as 

required by the standard. This requires adjustments 

of the bearing distance several times. The 

displacement velocity was set to 10 mm/min. The 

tested specimens were optically investigated to 

define the fracture type.  

ICCM19 6277



 

3  

THE EFFECT OF DECONSOLIDATION OF THERMOPLASTIC 

COMPOSITES DURING RE-MELTING 

4 Results 

4.1 Thickness analysis (free deconsolidation) 

The thickness measurements are shown in Fig. 2 for 

the reinforced polypropylene specimens. The 

unidirectional reinforced specimen indicates a 

moderate thickness increase due to their good 

alignment and packaging of the rovings and 

filaments next to each other. The specimens with a 

fabric as reinforcement exhibit a higher thickness 

increase. An additional increase of thickness can be 

observed at an increased fiber volume fraction, 

which can be more than 20% of the total thickness. 

This result corresponds well with findings of Yu et. 

al [7], who had identified the fiber reinforcement 

network as the driving factor of deconsolidation. 

Further analysis was carried out for 

polyphenylensulfide and polycarbonate. The results 

(see Fig. 3) indicate a similar tendency of the 

thickness increase with the fiber volume content and 

the type of reinforcement. Only the polycarbonate 

specimens showed a significant different behavior. 

According to the datasheet, the specimens take 

0.12% moisture at 23°C and 50% humidity. This 

corresponds to the weight measurement of the 

specimens before and after drying (0.116%). The 

moisture has a conspicuous impact on the thickness 

increase during deconsolidation due to vaporization 

of the absorbed water.  

4.2 Void analysis 

Micrographs of the consolidated and deconsolidated 

specimens were taken and are illustrated exemplarily 

in Fig. 1. The voids are mainly distributed between 

the layers of the fabric or yarn. This will increase the 

volume between the layers, where the voids cannot 

transfer any loads between the layers as well as it 

acts as a notch causing a decrease of interlaminar 

fracture strength depending on the ductility and 

strength of the polymer. Mostly spherical or more 

rarely elliptical voids occur. A void distribution 

analysis is carried out to determine the void 

formation before and after the deconsolidation 

treatment. The area of each void class in percent is 

illustrated in Fig. 5 exemplary for PP3 HP 52. 

Initially an average void radius of 3.2 µm can be 

calculated and no large voids occurred. After 

deconsolidation a new maxima occurred at the class 

118 µm. This distribution is typical for the other 

specimens, too and a conspicuous void radius 

increase occured after deconsolidation. The void 

content evolution of the deconsolidation treated 

specimen with different pressures revealed as 

expected a strong influence on the applied pressure 

(Fig 5). The void content decrease until a critical 

pressure is reached; after that no significant decrease 

appeared. This is 0.012 MPa for the 1/4 satin glass 

fiber reinforced polypropylene for 48% and 49% 

fiber volume content and 0.025 MPa for a higher 

fiber volume content of 53%. 1/4 satin glass fiber 

reinforced polyphenylensulfide with a fiber volume 

content 52% exhibits a similar critical pressure of 

about 0.025 MPa. The critical pressure is an order of 

magnitudes lower than the applied pressure during 

standard manufacturing or forming processes.  

4.3 Mechanical analysis  

ILSS test according to DIN EN ISO 14130 were 

carried out, in order to investigate the decrease of 

interlaminar shear strength with an increase of 

thickness and an increase of void content 

respectively. In order to investigate the 

deconsolidation on different levels, four different 

counter forces were applied during the 

deconsolidation treatment. Due to the relative low 

counter forces no matrix squeeze out occurred, 

which would falsify the results due to mass losses 

inside the composite. The force inhabits 

deconsolidation and creates a new equilibrium 

resulting in a different void contents. The graphs 

(Fig. 6) confirm the findings that the decrease of 

interlaminar shear strength is linear with an increase 

of void content. This was also found by Henninger 

et. al [3] for a glass fiber reinforced polyamide 12. 

The results for free deconsolidation experiments of 

the reinforced polypropylene are shown in Fig. 7 and 

for the reinforced polyphenylensulfide specimens in 

Fig. 8. The level of interlaminar shear strength is 

higher due to the high strength of the matrix. 

However, the decrease of interlaminar shear strength 

with an increase of void content is stronger 

pronounced caused by the low fracture elongation of 

polyphenylensulfide comparing to polypropylene, 

which is not so fragile against notches. The 

specimens before and after deconsolidation show a 

linear decrease of interlaminar shear strength. The 

slope is similar but they have other intersection with 

the y-axis. The unidirectional reinforced specimens 

show the lowest level of interlaminar shear strength 

caused by the clear straight interface between the 
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layers. The 2x2 twill carbon fabric has the highest 

interlaminar shear strength. The fabric has an open 

structure, which means they have spaces between 

the yarns. This structure accelerates nesting of the 

layer into each other resulting in a highly 

interlocking interface between the layers. 

The fracture type of the polypropylene specimens 

and polycarbonate specimens exhibits showed a 

mixture type of compression and deformation. Only 

the polyphenylensulfide specimens broke 

interlaminar in the consolidated state and deformed 

in the deconsolidated state.  

The force displacement curve for PC 3 is shown in 

Fig. 9 for the consolidated and free deconsolidated 

state. The fracture force decreases from 2614 N to 

1971 N. In contrast to the elongation at fracture, 

which increases from 0.44 mm to 1.14 mm. Two 

main changes occurred for polyphenylensulfide and 

polycarbonte specimens. First the post fracture 

behavior changes from a drop of force after fracture 

in the consolidated state to a drift of elongation on 

the fracture force level for the deconsolidated 

specimens. These specimens deformed until the die 

ran into the rig.  No drop of forced occurred. Second 

the elongation at fracture was analyzed for all 

specimens to gain more information about the 

fracture type and mechanisms (see Fig. 10 and 11). 

In contrast to the expectation, the increase of void 

content and therefore an increase of notch size lead 

to a more ductile fracture. The elongation at fracture 

increases for the polypropylene specimens from 

about 0.2 mm to more than 0.4 mm whether if they 

are fabric or unidirectional reinforced. Voids cannot 

transfer loads and acts as notches, which would 

suggest a lower strength resulting in a lower 

elongation at fracture. Nevertheless, the distance 

between the layers is also increased leading to a 

longer deformation path way. Plastic deformation 

can dissipate the shift of the layers to each other 

during bending the specimen. These newfound 

abilities (elongation at fracture and the post fracture 

behavior) could be useful for energy dissipation 

applications, due to their plastic deformation. More 

research is necessary to quantify this ability and 

their limitation. However, this behavior was 

unknown especially for composites with 

polyphenylensulfide matrixes. 

 

5 Discussion 

As shown in the previous section and in literature 

deconsolidation decreases the interlaminar shear 

strength. It can be formulated in Eq.1, where τ is the 

interlaminar shear strength, A and B are constants, 

and φ is the void content. 

 

 *BA      (1)  

 

A can be associated as an ideal interlaminar shear 

strength of the composite in a void free condition. 

The void free interlaminar shear strength, the 

dependency of interlaminar shear strength on the 

void content, the void content at full 

deconsolidation, and the interlaminar shear strength 

at full deconsolidation are listed for all used 

configurations in Table 4. The ideal interlaminar 

shear strength is dependent on the polymer strength 

and stiffness and the reinforcement including the 

fiber volume fraction, the reinforcement type, and 

the lay up. It is interesting to note that the specimen 

PPS 2 52 and 53 have a similar fiber volume fraction 

but PPS 2 52 has a significant lower strength. The 

reason is the stacking sequence. PPS 2 53 has a cross 

ply lay up and PPS 2 52 has parallel ply lay up. Due 

to the orientation of the satin weave the 0°/90° has a 

better ability of nesting, which creates a more 

undulated interlayer that inhibit fracture 

propagation. 

B is the dependency of the interlaminar shear 

strength on the void content and on the polymer 

only. It is independent from the stacking sequence, 

the fiber volume fraction, reinforcement type, fiber 

type, and manufacturing process as shown in the 

previous chapter. 

Deconsolidation is commonly an undesired effect 

due to the negative effect on mechanical properties 

like interlaminar strength. Nevertheless, Hagstrand 

et. al found a positive effect of void content increase 

associated to a higher thickness by constant mass. 

The void content leads to a decrease in interlaminar 

strength but also the higher thickness leads to a 

higher moment of inertia resulting in a higher beams 

stiffness and a minor higher flexural load (the 

flexure strength is decreased!) [8]. Another positive 

effect is the higher deformation of the specimen 

during interlaminar testing and the different fracture 

type of the polyphenylensulfide specimens. Due to 
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the higher deformation, a larger area is subjected to 

the load. The higher area can dissipate more energy 

by crack propagation. That can increase damage 

tolerance behavior, but it must be pointed out that 

the low strength will lead to an earlier start of 

failure, which is usually undesired. More research is 

necessary to gain a better understanding of this 

effect. 

6 Conclusions 

The effect of reinforcement configuration, polymer, 

manufacturing process on void content, and 

interlaminar shear strength in the deconsolidated 

state is summarized in Table 5. 

Deconsolidation leads to a distinct increase of void 

content, where the driving factor is the fiber 

reinforcement network. Especially the fiber volume 

fraction and reinforcement type (UD or weave) 

determines the thickness increase and therefore the 

void content. The void distribution changes from 

many small void in the consolidated state to small 

void and some very large voids in the deconsolidate 

state. They mainly occur in the interlayer of the 

plies. The effect of void content on interlaminar 

shear strength is linear decreasing with an increasing 

void content, which confirms the literature where 

different initial void contents in the consolidated 

were investigated. The ideal interlaminar shear 

strength in the void free condition is dependent on 

the fiber reinforcement, the stacking sequence, and 

the polymer. A high fiber or ply interlocking 

increases the ideal interlaminar shear strength. This 

can be achieved by the stacking sequence or the 

reinforcement type. In addition, high polymer 

strength improves the interlaminar shear strength. 

The polymer only determines the dependency of the 

interlaminar shear strength on the void content. 

Polypropylene exhibits a decrease in average of 

0.51%, polyphenylensulfide of 1.03%, and 

polycarbonate of 1.31.%. This is far lower than for 

more brittle polymers like thermosets (epoxy 4-7% 

[8-12]) decrease the shear strength per percentage 

void content. That means thermoplastic polymer 

have a weaker dependency of interlaminar shear 

strength on void content than thermoset polymer. 

Therefore, higher void contents could by acceptable 

for thermoplastic composite than for thermoset 

composites.  
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Fig. 1 Example of a consolidated and deconsolidated 

GF/PC  
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Fig. 2 The thickness of consolidated and free 

deconsolidated polypropylene  

2.6

3

3.4

3.8

4.2

4.6

T
h

ic
k

n
es

s 
[m

m
]

Consolidated

Deconsolidated

Dried deconsolidated

 

Fig. 3 The thickness of consolidated and free 

deconsolidated polyphenylensulfide and 

polycarbonate  
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Fig. 4 Example of an area change of each void class 

dependent on void radius in percent for 

PP3 HP 52 
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Fig. 5 Dependancy of void content on applied 

pressure during deconsolidation 
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Fig. 6 Dependancy of interlaminar shear strength on 

void content for polypropylene  
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Fig. 7 Loss of interlaminar shear strength with void 

content increase for polypropylene  
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Fig. 8 Loss of interlaminar shear strength with void 

content increase for polyphenylensulfide and 

polycarbonate 
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Fig. 9 Force displacement curve for PC 3 in the 

consolidated and free deconsolidated state 
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Fig. 10 Elongation at fracture of consolidated and 

deconsolidated polypropylene  
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Fig. 11 Elongation at fracture of consolidated and 

deconsolidated polyphenylensulfide and 

polycarbonate 
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Table 1. Reinforcement properties used in this study 
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Table 2: Polymer properties  
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Table 3. Materials used in this study 
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Table 4. Dependency of interlaminar shear strength 

on void content 

A
c
r
o

n
y

m
 

“
A

”
 V

o
id

 f
r
ee

 

in
te

r
la

m
in

a
r
 s

h
e
a
r
 

st
r
e
n

g
th

 [
M

P
a

] 

“
B

”
 D

e
p

e
n

d
a

n
c
y
 

o
f 

v
o
id

 c
o

n
te

n
t 

[M
P

a
/%

] 

V
o

id
 c

o
n

te
n

t 
a

t 
fu

ll
 

d
e
c
o

n
so

li
d

a
ti

o
n

 

[%
] 

In
te

r
la

m
in

a
r
 s

h
ea

r 

st
r
e
n

g
th

 a
t 

fu
ll

 

d
e
c
o

n
so

li
d

a
ti

o
n

 

[M
P

a
] 

PPS UD 58 32.8 1.05 6.4 26.0 

PPS UD 40  32.6 1.06 3.9 28.5 

PPS 2 53 41.4 0.92 13.7 28.5 

PPS 2 52 31.7 1.01 14.4 17.2 

PPS 2 40 37.3 1.11 9.7 26.6 

PPS 3 52 45.8 0.58 17.9 35.6 

PP UD 58 7.3 0.51 2.8 5.8 

PP UD 40 7.8 0.48 5.6 5.5 

PP 2 53 17.2 0.54 18.8 7.0 

PP 2 HP 49 17.3 0.46 11.4 12.1 

PP 2 48 24.3 0.59 12.4 17.0 

PP 2 40 18.7 0.81 7.5 10.5 

PP 3 HP 52 21.7 0.51 18.3 12.4 

PP 3 48 23.2 0.5 11.8 17.2 

PC 2 50  55.4 1.35 11.5 37.9 

PC 3 48 47.8 1.27 16.6 26.8 

 

Table 5. Dependency of void content and 

interlaminar shear strength in the 
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1. Introduction  

Wave and tidal stream energy is electricity generated 

from the movement of wave and tidal flows. It is 

sustainable, environmentally friendly and much 

more predictable than wind power so it has great 

potential for future electricity provision.  Polymer 

Matrix Composites (PMCs) are widely utilised to 

manufacture key components for wind energy 

systems due to lightness, high strength, stiffness, 

corrosion resistance and good manufacturability.  

PMCs would be ideal candidates to be used for wave 

and tidal stream energy sector.   

 

It has been widely recognized that degradation of 

PMCs varies depending upon many parameters such 

as matrices, reinforcements, aging environment and 

manufacturing process [1, 2]. In the case of PMCs 

components for wave and tidal energy, they are 

exposed to harsh environment in which they are 

consistently submerged in sea water and subject to 

hydrostatic pressure.  The knowledge of durability 

and degradation behaviours of PMCs in such 

environment is limited but is becoming increasingly 

important [3]. In this study, aging test on specifically 

formulated glass fibre reinforced epoxy composites 

for wave and tidal energy generator components was 

carried out by using increased temperature and 

pressure in an attempt to understand their durability 

and degradation behaviours.  

2 Experimental 

Laminate with lay-up configuration of [±45,03,±45] 

was manufactured by resin vacuum infusion using 

Momentive M135 epoxy resin and E-glass. 

Specimens were cut according to BS EN ISO 

14130:1998 for determination of water absorption 

and apparent interlaminar shear strength by short-

beam method.  The resulting specimens were 35 mm 

long, 17.5 mm wide and 3.5 mm thick. 

 

Three types of aging test were selected to investigate 

the degradation and durability behaviours of PMCs. 

They were seawater at ambient temperature and 

pressure, seawater at 40
o
C and ambient pressure and 

seawater at 40
o
C and 4 barg pressures, respectively. 

 

Ageing tests in sea water at 40
o
C were set-up in a 

temperature controlled circulating water bath. Tests 

in sea water combining pressure and temperature 

utilised a pressure vessel using air pressure to 4 

barg. This is equal to the pressure caused by the 

static head of 40 meters of sea water and the 

atmosphere, which a tidal energy device are likely to 

be exposed. Vessel pressure and temperature were 

monitored and recorded. 

3 Results and Discussion 

3.1 Water Absorption  

Specimens were weighed and calculated before and 

after each periodical immersion up to 1500 hours. 

Fig.1 shows the water absorption behaviours of three 

different environmental ageing conditions. They all 

exhibit a rapid water up-take in the beginning of the 

immersion test and then a progressive increase up to 

1500 hours. It also shows that temperature and 

pressure did intensify water absorption. Water 

uptake is approximately doubled when being 

exposed to elevated temperature under ambient 

pressure. This is due to the fact that water diffusion 

is a thermodynamic phenomenon.  In the meantime, 

similar trend can be observed for samples being 

exposed to elevated pressure and temperature.  

Specimens with exposure to increased pressure 
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absorb moisture at an increased rate compared to 

specimens under ambient pressure.  

 

Fig.1. Water absorption (%) as a function of time at 

three different ageing conditions 

3.2 Interlaminar Shear Strength (ILSS) test 

ILSS was tested on specimens which were aged for 

0, 500, 1000 and 1500 hours. ILSS was calculated 

using equation below. 

 

���� �
�

  �  
� 	

 
 ��

���
)     

 

Where: F is the failure load, W is specimen width, 

and T is specimen thickness. 

 

 

Fig.2. Comparison of ILSS versus immersion time at 

three different environmental ageing conditions 

Fig. 2 shows a slight increase in ILSS after the first 

immersion period for all ageing conditions. This is 

subjected to further investigation. In the case of 

weathering at ambient temperature and pressure, the 

ILSS value only exhibited 2% reduction after 1500 

hours of immersion while the ILSS value decreased 

7% at 40
o
C with same immersion duration. In the 

case of weathering at elevated temperature and 

pressure, the ILSS value decreased by the most 

significant drop to a total of by 11% after 1500 

hours. This indicates that sea water at ambient 

temperature has limited effect on ILSS but elevated 

temperature would significantly reduce the ILSS. 

The reduction of ILSS was further exacerbated by 

the combination of temperature and pressure.  There 

is a good correlation between water absorption and 

reduction of ILSS but they are not in linear 

proportion.   

4. Conclusions 

Glass fibre reinforced epoxy composites formulated 

for wave and tidal energy generator components 

exhibited different water absorption behaviours and 

subsequent reductions in ILSS.  More water was 

absorbed at elevated temperature and pressure 

subsequently more pronounced reduction in ILSS.  

The findings from this study can help to develop 

good understandings on durability and degradation 

behaviours of composites for wave and tidal energy 

generating components. It also indicates that 

temperature in combination with pressure can be 

employed for accelerated aging and degradation 

tests. 
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1 Introduction 

The use of composite materials for gas 
transportation has recently known a growing 
interest. The material under study is a Polyamide 6 
(PA6) matrix reinforced with unidirectional 
continuous Glass Fibres (GF) referred to as PA6GF. 
This material is produced thanks to a pultrusion 
process that allows high fibre volume fraction which 
enhanced structure stiffness. This process also 
introduces void defects in the composite material. 
These manufacturing defects are non avoidable 
without high temperature and high pressure 
conditions which drastically increase costs. The 
present contribution is devoted to highlight influence 
microstructural variabilities such as void defects and 
local fibre volume fraction in the composite material 
and to take them into account in finite element 
models in order to fully control composite 
behaviors. 

 

2 Experimental Investigations  

2.1 Microstructural variabilities 

Undamaged PA6GF composite was observed thanks 
to Scanning Electron Microscopy (SEM) techniques. 
Undamaged material shows high microstructural 
variability. The local fibre volume fraction 
distribution was quantified. A large distribution 
ranging 40% to 80% were actually recorded. The 
average local volume fraction was then estimated at 
65.6 ± 6.8%. Two defect populations can be 
observed on Fig.1.  

‘rice’ grain voids

‘micro-voids’

‘rice’ grain voids

‘micro-voids’

 
 

‘Fig. 1. Voids morphologies.’ 
 
The first one are “macro-voids” they take place in 
the polymer matrix between fibres and are due to the 
pultrusion process when air bubbles get stuck 
between fibres. Such voids have various diameter 
sizes ranging from tenth µm to hundreds. 
Longitudinal sections showed "rice grain 
morphology" i.e. the longitudinal sizes are much 
longer than the diametrical ones. The second 
population of defects is “micro-voids”, located also 
within the polymeric matrix. They have a spherical 
shape and their mean diameters are below the µm.   
 

2.2 X-ray tomography 

In situ crack growth tests with laminography 
technique [1] were performed on plates of 1.5 mm 
thick. Specimens were notched either in the 
longitudinal direction or in the transverse one. An 
imposed displacement between the two edges of the 
notch initiate and propagates cracks [1]. Therefore in 
situ damage can be characterized in transverse and 
longitudinal directions. Whatever the direction of the 
initial notch, the main crack always propagates 
through the matrix in the fibre direction due to the 
high orthotropy of the material.  
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‘Fig. 2. X-ray tomography.’ 

 
Fig.2. is composed of reconstituted tomographic 
images. Fig.2a). exhibits the initial microstructural 
morphology. The notch has been implanted 
perpendicular to the fibres direction. Several defects 
can be observed. In the center are showed two ‘rice 
grain’ voids (dark grey colored). Fig.2b). and 2c). 
show the same microstructure after deformation. 
Void defects have exhibited volume growth and are 
likely to coalesce to lead to cylindrical cracks.  
Polymeric fibrils attached to fibres can be observed. 
These mechanisms have been observed whatever the 
direction of the initial notch. It is assumed that 
damage mechanism in the matrix under such 
solicitation is based on void growth. 
 

2.3 Brazilian test 

Diametrical compression tests have been carried out 
on 8 mm diameter 40 mm long composite rods. In 
this specific test matrix is expected to be highly 
loaded. Two different composite matrices have been 
investigated: PA6 and epoxy. A digital microscope 
(Keyence) is used to record deformation and fracture 
mechanisms on polished cross sections of composite 
rods.  
 

 
 

‘Fig. 3. Brazilian test.’ 
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Fig.3. exhibits microscopic images of a PA6 Carbon 
Fibers reinforced rod submitted to diametrical 
compression. Fig.3a). represents the initial, 
undeformed composite rod. Fig.3b). shows the 
composite rod submitted to 500 daN compressive 
force. The material clearly exhibits several cracks in 
the diametrical plane of the composite material. 
These cracks are parallel to the loading axis. Fig.3c). 
exhibits the composite rod submitted to 700 daN 
compressive force. Cracks have coalesced and lead 
to the failure of the composite rod. Cracks opening 
displacements are perpendicular to loading axis.  
Depending of the polymeric matrix, composite rods 
have exhibited different fracture mechanisms. 
Indeed PA6 matrix composite is rather ductile 
therefore several cracks can be observed on the 
polished cross sections. Epoxy matrix in the other 
hand is rather brittle. Fractures mechanisms lead to 
catastrophic failures. 
 

3 Finite Element Models 

3.1 Matrix Constitutive Model 

A viscoplastic multi-mechanism based model [2] [3] 
were implemented in a in house Finite Element 
Model (FEM) code [4] in order to simulate the 
thermoplastic semi-crystalline polymer mechanical 
response to tensile tests of different notched 
specimens. The modified Gurson-Tvergaard-
Needleman model [5] [6] [7] [8] incorporating the 
porosity as a damage variable was set up to simulate 
the damage mechanisms. 
Identification of material coefficients was performed 
by utilizing the global variables obtained from 
experimental measures on axisymmetrical 
specimens containing various notch root radii. 
Additionally, local variables such as spatial void 
distributions according to the load level, were taken 
into consideration for the material coefficients 
optimization. The present constitutive model is able 
to distinguish the location of maximum damage 
depending on the stress triaxiality ratio (hydrostatic 
pressure). It will therefore be used in order to 
simulate PA6 matrix behavior of PA6GF composite 
according to the local fibre volume fraction. 
 
 

3.2 3D Periodic Cell Model 

A unit cell model was first investigated and showed 
a strong effect of fibre volume fraction on 
hydrostatic pressure [9]. Such model does not 
accurately take into account the fibres 
neighbouring/clustering effects. To this end, 3D 
periodic cells with fibre volume fraction ranging 
from 50% to 80% were investigated. In order to 
study failure, a crack propagation criterion was 
added to the damaged matrix model. The higher the 
fibre volume fraction the easier damage is likely to 
occur. Indeed matrix is constrained between fibres 
therefore hydrostatic pressure is significant. Cracks 
initiate in the immediate vicinity of fibres in regions 
where matrix is most confined. Cracks propagate 
along fibre edges and inside the matrix as shown in 
Fig.4. Such propagation could leads to fibre 
debonding. 
 

 
 

‘Fig. 4. Periodic cell calculation.’ 
 

3.3 Representative Volume Element 

A Representative Volume Element (RVE) was 
investigated in order to study the complex failure of 
such composite material. This RVE takes into 
account the local fibre volume fraction distribution 
as well as the fibre diameter distribution. Defects 
distribution can be taken into account by including a 
distribution in the initial damage variable value.  
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‘Fig. 5. Meshed RVE.’ 
 
Fig.5. shows a meshed RVE generated from SEM 
micrograph. In order to have enough elements in the 
confined polymeric matrix, a remeshing process is 
established. The morphological elements (fibres 
centers and diameters) are implemented on Abaqus 
software in order to build the microstructure. A 
Delaunay triangulation is then calculated between 
the fibres centers. This triangulation is helpful for 
the remeshing process. Indeed from a rough mesh, 
Abaqus code is able to refine the mesh by building 
elements along the calculated triangulation. 
Therefore confined regions have finer meshes. This 
RVE is non periodic. Therefore no interest is given 
to the calculated values at the boundaries.    
 

3.4 Simulations 

Different calculations have been carried on this 
RVE. Compression conditions have been applied in 
order to understand failure on Brazilian experiments. 
Let τσ be the stress triaxiality ratio, defined as: 

eq

h

σ
στ σ =  

(1) 

where σh is the hydrostatic pressure defined (eq. 2) 
and σeq is the equivalent Mises stress. 
 

  
3

)( p
h

trace σ
σ =  

(2) 

 

where σp is the principal stress tensor. The 
calculations have exhibited heterogeneity in τσ. 
Indeed Fig.6. shows the stress triaxiality ratio 
calculated for compression conditions. It clearly 
exhibits areas where stress triaxiality is negative 
(τσ < 0 leads to hydrostatic compressive zones) and 
other areas where it is positive (τσ > 0 leads to 
hydrostatic tensile zones). Although uniaxial 
compressive loading is applied to the structure at the 
macroscopic scale, one can observe local multiaxial 
tensile stresses. These tensile stresses located in the 
polymeric matrix lead to tensile deformations and 
cause void growth. Once more, cracks are initiated 
in the immediate vicinity of fibres in regions where 
matrix is most confined as it can be observed in 
Fig.7. Cracks propagate along fibre edges and inside 
the matrix. As observed with Brazilian experiments 
cracks are parallel to loading axis.   
 

 
 

‘Fig. 6. Triaxiality stress for compression conditions’ 
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‘Fig. 7. FEM cracks propagations.’ 
 

4 Conclusions 

Microstructural variability of PA6GF was quantified 
thanks to SEM image analysis. A great interest was 
given to the local fibre volume fraction distribution. 
In situ damage evolution was characterised with X-
ray laminography technique. A constitutive damage 
based model was investigated to simulate polymeric 
matrix behavior. A periodic cell model was set up in 
order to demonstrate that local fibre volume fraction 
has a strong influence on the hydrostatic pressure 
and crack propagation. RVE calculation has been 
investigated in order to model complex failure 
mechanisms in polymeric matrix. 
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Abstract 
 
Detailed microstructure and mechanical properties 
of innovative TiB2-TiAl composite sheet prepared 
by hot rolling of Ti-(TiB2/Al) laminates and 
subsequent reaction annealing has been systemically 
investigated. The TiB2-TiAl composite show a 
typical micro-laminated structure consisting of 
lamellar TiAl layers and TiB2-rich layers. Tensile 
properties testing shows that with increasing 
temperature from ambient temperature to 700oC, the 
tensile properties have a sharp increase because of 
an increase of energy dissipation by plastic 
deformation and the reduction of the sensitivity to 
microcrack formation. It is noteworthy that the 
fracture toughness has significantly improved and 
the highest value is 15.6 MPa·m1/2, which 
approaches that of TiAl reinforced with TiNb fiber. 
Toughening mechanism contains crack deflection 
caused by TiB2-rich layers, crack branching and 
TiB2-rich/TiAl interface delamination.  
 
1 General Introduction 
 
Gamma-TiAl (γ-TiAl) alloys have great potential for 
aerospace and automotive applications because of 
their attracted properties and thus are considered as 
one of the most promising lightweight high-
temperature structural materials [1, 2]. Recently, 
much attention has been paid to the production of γ-
TiAl alloys sheets or foils, which is suitable for 
thermal protection or exhaust honeycomb structures 
[3, 4]. However, owing to the limited ductility and 
poor workability of γ-TiAl , γ-TiAl sheets or foils 
can be only manufactured above 1100oC with 
extremely low strain rate [5, 6]; furthermore, 
relatively expensive equipment and specialized pack 
materials are required. Therefore, researchers have 
exploited elemental foil metallurgy technique [1, 7-
9]: pure Ti and Al elemental foils with excellent 

plastic deformability are stacked to obtain Ti-Al 
laminates and the laminates are subsequently 
reaction annealed to produce monolithic γ-TiAl 
sheets. One of the most significant advantages of 
this method is to avoid the direct deformation and 
processing of brittle TiAl-based alloys bullets and 
can realize the near-net-shape forming of TiAl-based 
sheets. However, the relative density and mechanical 
properties of final monolithic TiAl are rather low; in 
particular, the high temperature strength can not 
satisfy the requirement for aerospace applications. 
Therefore, TiB2/Al composite foils were utilized to 
replace pure Al foils and Ti-(TiB2/Al) laminates 
were manufactured by hot rolling, and subsequent 
multi-step reaction annealing were employed to 
produce micro-laminated TiAl matrix composite 
sheets which can combine respective advantages of 
intermetallic compounds and ceramic particles. 
Furthermore, the laminated composites can 
dramatically improve many properties including the 
improvement of crack propagation resistance and/or 
provide enhanced high temperature strength because 
of the multi-interface effects [10-12]. However, the 
microstructure of innovative micro-laminated TiAl 
matrix composite sheets need to further observation 
and up to now, few investigations focus on the 
mechanical properties of the innovative micro-
laminated TiB2–TiAl composite sheets. In the 
present work, the microstructures of TiB2–TiAl 
composite sheets with unique micro-laminated 
structure are investigated in detail and the high-
temperature tensile properties and fracture toughness 
have been studied, with the emphasis on the 
relationship between mechanical properties and 
micro-laminated structure.  
 
2 Experimental Procedures 
 
Thin commercial pure Ti foils with thickness of 
200μm and in-house fabricated 5 vol. % TiB2/Al (Al 
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matrix with 99.7% purity) composite sheets with the 
thickness of 200 μm were cut into 50 mm × 50 mm 
squares. Surface pre-treated Ti and TiB2/Al sheets 
were alternately stacked to form a “sandwich” and 
encapsulated in Al alloys packing and then hot-
rolled at 510 oC with a 60% reduction in thickness to 
produce Ti-(TiB2/Al) laminates, the microstrucutre 
of hot-rolled sample is shown in Fig. 1. The 
laminates were annealed in a vacuum furnace as 
follows: i) initial annealing at 1200 oC for 20min 
under 0.1 MPa to completely consume Al and obtain 
TiAl3 phases and subsequent densification treatment 
in vacuum (~10-2 Pa) under 50 MPa at 1260 oC for 
2h to enclose the Kirkendall voids formed during the 
initial annealing process; ii) second annealing for 
composition homogenization at 1250 oC for 15h; iii) 
final annealing at 1400 oC for 15 min in order to 
obtain TiAl matrix with the lamellar structure 
consisting of alternating γ-TiAl and α2-Ti3Al. The 
final thickness of the micro-laminated TiB2-TiAl 
composite sheets is in the range of 3.0–3.2 mm. 
Microstructure observation, chemical composition 
analysis and phase identification of the final micro-
laminated TiB2–TiAl composite sheets containing 
different contents of TiB2 were carried out using 
scanning electron microscopy (SEM, FEI Quanta 
200F) equipped with energy dispersive X-ray 
spectrometer (EDX) and a transmission electron 
microscope (TEM, FEI Tecnai F30, 200kv). All 
SEM images were taken in the back-scattered 
electrons (BSE) mode. In addition, X-ray diffraction 
(XRD) was used to identify different phases. All the 
samples are examined in the rolling direction (RD) – 
normal direction (ND) plane. 
Mechanical properties of the final micro-laminated 
TiB2–TiAl composite sheets were evaluated by 
tensile testing at ambient and 700oC and room 
temperature fracture toughness testing. The tensile 
samples were cut parallel to the rolling direction 
using electrical discharge machining (EDM) and 
their surfaces were carefully polished to remove the 
machining traces. The cross-section of tensile 
samples was 2.5 mm × 1.5 mm and the gauge length 
was 15mm. The tensile tests were carried out at 
room temperature and 700oC with an Instron-1186 
universal testing machine with the initial strain rate 
of 1.3 × 10-4 s-1. The samples were mechanically 
polished using 00-grade silicon carbide papers to 
remove surface scratches prior to testing. 
The fracture toughness measurement was carried out 
using three-point bend tests on the single edge 
notched bend (SENB) specimens with the 
dimensions of 20 mm × 4 mm × 2 mm where the 

loading span is 16 mm. The straight notch was 
introduced at the center part of the test bar using a 
100 μm wide diamond blade with a notch depth of 
0.5 W (the width of the specimen). Two types of 
fracture toughness specimens with notch orientation 
parallel to TD and ND were prepared, as shown in 
Figure 2. Fracture surfaces of tensile specimens and 
the crack initiation and propagation also examined 
using a scanning electron microscope. 

 
Fig. 1. Microstructure of the hot-rolled Ti-(TiB2/Al) 
laminates (a) the multi-layered structure consisting of 
alternating Ti layer and TiB2/Al layer; (b) showing the 
excellent interfacial bonding and no intermetallic 
compounds formation at the interface between Ti layer 
and TiB2/Al layer 

 
Fig. 2. Two types of fracture toughness specimens with 
notch orientation in the parallel to (a) transverse direction 
(TD); (b) normal direction (ND) 
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3 Results and Discuss 
  
3.1 Microstructure features 
 
The multi-layered Ti–(TiB2/Al) laminates are 
subjected to roll bonding and subsequent four-stage 
annealing between 660 oC and 1400 oC is used to 
prpduce the TiAl matrix composite sheets. XRD 
pattern of the resulting TiAl matrix composite is 
shown in Fig. 2(a), indicating the presence of the 
close-packed hexagonal Ti3Al with DO19 structure 
and TiB2 and the tetragonal L10 TiAl. This implies 
TiB2 particles do not participate in any reaction and 
are completely retained.  

 
Fig. 3. X-ray diffraction (XRD) pattern of resulting 
micro-laminated TiB2-TiAl composite sheets 
 
The detailed microstructure features of the resulting 
composite sheets are shown in Fig. 4. As shown in 
Fig. 4, the resulting composite sheet displays a 
typical multi-layered structure consisting of TiB2 
particles stacking layer (denoted as TiB2-rich layer) 
with 5μm wide and TiAl layer with an average width 

of 120μm. TEM images shown in Fig. 5(a) including 
the inset indicate that TiB2-rich layer is actually 
composed of numerous TiB2 particles and a small 
quantity of TiAl. The interfacial bonding between 
TiB2 particles and TiAl is rather compact and no 
voids are found within TiB2-rich layers. According 
to SEM/EDX, the compositions of TiAl layer 
contain 47.2-53 at. % Ti and the remaining content 
of Al, which corresponds to lamellar (α2-Ti3Al+γ-
TiAl) phase. Representative microstructure of 
lamellar (α2-Ti3Al+γ-TiAl) layer is shown in Fig. 
5(b). As shown in Fig. 4 and Fig. 5, the size of (α2+γ) 
lamellar colony is between 70μm and 150μm with 
an average value of 100μm and the average spacing 
of γ-TiAl and α2-Ti3Al lamellae is 150 nm, and γ-
TiAl and α2-Ti3Al follows the orientation 
relationship: [11-20]α2//[1-10]γ and (0001)α2//(111)γ. 
The lamellar colony size is much smaller than that in 
the γ-TiAl alloys produced by conventional casting 
technique (approximately 500 μm–several mm) [13, 
14]. This is because the TiB2-rich layer significantly 
hinders the growth of the lamellar colony. It is 
noteworthy that the thickness ratio of TiB2-rich and 
TiAl layers can be conveniently adjusted by varying 
the volume fraction of TiB2 in TiB2/Al composite 
and the respective thickness of TiB2/Al composite 
foils and commercial pure Ti foils. Consequently, 
the microstructures of novel micro-laminated TiB2–
TiAl composite sheets can be devised and controlled 
by accommodating the thickness of pure Ti foils and 
TiB2/Al composite foils and the volume fraction of 
the reinforcement TiB2 particles in TiB2/Al 
composite foils. Therefore, TiB2–TiAl composite 
sheets with novel micro-laminated structure can be 
successfully fabricated using roll bonding and 
subsequent reaction annealing of Ti-(TiB2/Al) 
laminate. 

 

 
Fig. 4. (a) representative backscattered electron images of micro-laminated TiB2TiAl composite sheets; (b) the interface 
between TiB2-rich layer and fully lamellar TiAl layer 
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Fig. 5. (a) TEM images and selected area electron diffraction (SAED) patterns of the TiB2-rich layer; (b) microstructure 
and SAED images of fully lamellar TiAl consisting of α2-Ti3Al and γ-TiAl 

 
3.2 Tensile properties testing 
 
The tensile properties of micro-laminated TiB2–TiAl 
composite sheets tested at ambient temperature and 
700 oC are indicated in Fig. 6(a). The ultimate 
tensile strength (σUTS), yield strength (σy) and total 
elongation at fracture (δ) of the sheets at ambient 
temperature are 215.6 MPa, 201.5 MPa and 0.36 %, 
respectively. The overall fracture surface of the 
composite at room temperature (Fig. 6(b)) is very 
flat and has some large cleavage faces, indicating a 
typical brittle failure. The reason why the micro-
laminated composite sheets exhibit low room-
temperature tensile properties is that the TiB2-rich 
layers are rather brittle at room temperature. As a 
result, a fracture process can be rapid and the 
strength of the multi-layered composite sheets 
cannot be fully exploited. However, the composite 
sheets show excellent high-temperature properties. 
At 700 oC, the σUTS, σy and δ rise to 312.6 MPa, 
300.8 MPa and 3.08 %, respectively, higher than 
those of  monolithic TiAl prepared by roll bonding 
and reaction annealing of Ti-Al laminates [7].  
With increasing testing temperature, the total 
elongation at fracture shows a sharp increase (Fig. 

6(a)) owing to the activation of additional slip 
systems, which approaches the value of monolithic 
TiAl prepared by roll bonding and reaction 
underway annealing [7]. Fig. 6(c) shows the fracture 
surface of the specimen tested at 700 oC, which 
demonstrates the tearing-out deformation structure 
within the lamellar colony and the crack propagates 
by means of interlamellar and/or translamellar, while 
the fracture surface at ambient temperature is nearly 
free of deformation structure. The room-temperature 
toughness of TiAl-based materials is sensitive to 
microstructure, e.g. pores, and the cleavage fracture 
occurs generally on low-index crystallographic 
planes. High temperature tends to decrease the yield 
points and to enhance plastic deformation. Thus, 
during crack propagation the energy dissipation by 
plastic deformation becomes more important, the 
higher the test temperature [15]. In the micro-
laminated TiB2–TiAl composite sheets, at a higher 
temperature dislocations can glide and climb due to 
thermal activation. Deformation processes can easily 
spread within the plastic zone of the cracks so that 
the constraints due to the local slip geometry are less 
restrictive. Therefore, the fracture mechanism of 
micro-laminated TiB2–TiAl composite sheets 
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changes from a cleavage-dominated fracture at 
ambient temperature to an energy-absorbing ductile 
fracture at high temperature. The detailed 

investigation of the dislocation activity during high-
temperature deformation is a part of ongoing 
research. 

 

 

Fig. 6. (a) tensile properties of the resulting TiB2–TiAl composite sheets with innovative micro-laminated structure; and 
the fracture surfaces of samples tested at (b) room temperature with cleavage fracture and (c) 700  oC with the tearing-
out feature. 

3.3 Fracture toughness testing 
 
Fracture toughness measurement was carried out 
using three-point bend tests on the single edge 

notched bend (SENB) specimens on the Instron-
1186 universal testing machine. Fracture toughness 
was calculated by means of the following equation 
[16]:  

 4322
Ic )/(80.25)/(07.25)/(53.14)/(07.393.1)200(103 hahahahabhaPLK                            (1) 

 
where KIc is the fracture toughness (MPa·m1/2), P is 
the maximum fracture load (N), L is the span of 
loading (mm), b is the width of specimen, h is the 
thickness of specimen, a is the length of the slit 
notch.  
Table 1 compares fracture toughness of micro-
laminated TiB2–TiAl composite sheets with 
different notch orientations with the values 
provided in references [17, 18]. It is evident that 
fracture toughness of micro-laminated TiB2–TiAl 
composite sheets with notch orientation parallel to 
ND is superior to that parallel to TD, which is 
much higher that of as-sintered TiAl and 10 vol. % 

TiC/TiAl [17] and comparable to the value of TiAl 
composite reinforced with TiNb fibers. This means 
micro-laminated TiB2–TiAl composite sheets 
exhibit a good characteristic of delayed fracture. 
As shown in Fig. 7(a) and Fig. 7(b), there is only 
one main crack nucleating near tip of the initial 
notch and propagating parallel to the initial notch 
direction with tortuous or zigzag path. However, 
for the samples with notch in parallel to TD, only 
crack deflection can be discovered, while for the 
samples with notch in parallel to ND, crack 
deflection occur along or at close proximity to the 
TiB2/TiAl interfaces, crack branching and TiB2-
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rich/TiAl interface delamination has even been 
observed. Due to the thermal mismatch between 
TiB2-rich layer and TiAl layer, the residual stress 
around TiB2-rich/TiAl interfaces can not be 
released by brittle TiAl or TiB2-rich layers and 
remains, making the interface delamination easier. 
Nevertheless, the crack blunting which commonly 
appears in the laminated systems containing at least 
one ductile component [19, 20] has not been found. 
Therefore, the crack deflection caused by TiB2-rich 
layers, and crack branching and TiB2-rich/TiAl 

interface delamination, leading to more tortuous 
crack propagation path which means more energy 
absorption, are considered as key reasons of 
superior fracture toughness of micro-laminated 
TiB2–TiAl composite sheets with notch orientation 
parallel to ND. Fracture surfaces of fracture 
toughness testing are shown in Fig. 7(c) and Fig. 
7(d), indicating the failure occurred by a typical 
cleavage mode and the crack propagate by means 
of interlamellar and translamellar fracture, 
regardless of the notch orientation. 

 
Table 1 Comparison of fracture toughness of micro-laminated TiB2–TiAl composite sheets tested at ambient 
temperature with the data given in Ref. [16] and [17]. 

Micro-laminated TiB2–TiAl composite sheets 
(Present work) Material systems 

As-sintered 
TiAl [16] 

10 vol. % 
TiC/TiAl[16]

TiNb/ 
TiAl [17] Parallel to transverse 

direction 
Parallel to normal 

direction 
Fracture toughness 

KIc (MPa·m1/2) 
12.1 13.7 15 11.85±0.64 15.58±0.51 

 

 

Fig. 7. Crack propagation routes ((a) and (b)) and fracture surfaces ((c) and (d)) of micro-laminated TiB2–TiAl composite 
sheets with notch orientation parallel to (a) and (c) transverse direction (TD); (b) and (d) normal direction (ND). 
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4 Conclusions 
 
Roll bonding and subsequent reaction annealing can 
be considered as a feasible method for the 
fabrication of dense TiB2-TiAl composite sheets 
with micro-laminated structure. It is noteworthy that 
the thickness ratio of TiB2-rich and γ-TiAl/α2-Ti3Al 
layers in the composite can be controlled by 
variation in the initial volume contribution of TiB2, 
Al and Ti. The composite is fairly brittle when tested 
at ambient temperature, while both the strength and 
elongation is significantly improved when tested at 
700 °C. Compared with monolithic TiAl prepared by 
roll bonding and reaction annealing, tensile strength 
at 700 °C of the novel TiB2–TiAl composite sheets 
is significantly improved due to the introduction of 
TiB2-rich layer and the unique micro-laminated 
microstructure. In addition, the micro-laminated 
TiB2–TiAl composite sheets show enhanced fracture 
toughness with the highest value of 15.6 MPa·m1/2 
because of crack deflection, crack branching and 
TiB2-rich/TiAl interfaces delamination, increasing 
energy dissipation. The composite therefore has 
potential for application as a lightweight high-
temperature structural material. 
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Abstract 

This study has developed new electrospun hybrid 
nanocomposite systems using poly(lactic acid) PLA: 
poly(ε-caprolactone) PCL blends and PLA: PCL / 
halloysite nanotubes-3-aminopropyltriethoxysilane 
(HNT-ASP) to take the advantage of the sustained 
release of hydrophilic drug tetracycline 
hydrochloride (TCH) from hydrophobic PLA: PCL 
composite system. The impact of interaction 
between the two typical drugs, namely TCH and 
Indomethacin (IMC), and PLA: PCL blends on the 
drug release was examined. The study also 
investigated the drug release kinetics by fitting the 
experimental release data with five mathematical 
models for drug delivery. The average nanofiber 
diameters were found to be significantly reduced 
when increasing the TCH concentration due to the 
enhancement of solution electrical conductivity in 
contrast to the presence of IMC. The addition of 
both TCH and IMC drugs to PLA: PCL blends 
reduce the crystallinity level, glass transition 
temperature Tg and melting temperature Tm values of 
PCL within the blends. The reduction of drug release 
and elimination of the impairment of the interaction 
between the polymer and drug were achieved by 
mobilizing TCH into HNT-ASP to be then 
embedded in the PLA: PCL nanofibers. The typical 
characteristic was clearly revealed with excellent 
agreement between obtained experimental data and 
Ritger-peppas and Zeng models in drug release 
kinetics. 
 
1 Introduction  
Electrospinning method has been recently used to 
fabricate hybrid fiber mats based on polymer 
nanocomposites. Polymer nanocomposites by 

incorporating nanoparticles have attracted a great 
attention due to their excellent tailored 
multifunctional properties [1] and their unique 
structures which may not be accomplished by 
conventional composites  [2]. Halloysite nanotubes 
(HNTs) have also been focused on as cost-effective 
nanoparticles for the reinforcement purpose. Poly(ε-
caprolactone) (PCL) is a hydrophobic and  semi-
crystalline polymer [3] without generating local  
acidic environment after the PCL degradation. 
Poly(lactic acid) (PLA) has favourable material 
properties, including easy processability, 
dissolvability in common solvents, good 
sustainability and biocompatibility [4]. PLA with the 
amorphous phase can degrade to form nontoxic 
monomers for the biomedical application. It submits 
secession to monomeric units of lactic acid in the 
body, which is naturally in the carbohydrate 
metabolism [5, 6]. Furthermore, PCL is a slowly 
degraded biopolymer compared with many other 
counterparts such as PLA due to its semi-crystalline 
nature [7]. Moreover, it is not harmful to local 
tissues because it does not form a similar acidic 
environment to poly(lactide-co-glycolide) (PLGA) 
or PLA. In the past decades, scientists concentrated 
on the use of polymers as a carrier and release 
controller for drug delivery systems owing to the 
enhancement of healing effectiveness and decrease 
of toxic side-effects [8]. In addition, the interaction 
between drug and carrier is very critical to manage a 
sustained drug release [9]. Hydrophobic drugs 
including clindamycin, ciprofloxacin, and 
cephalexin can be simply incorporated and 
interacted with hydrophobic polymers. However, 
hydrophilic drugs cannot be embedded into 
hydrophobic polymers due to their weak interactions 
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and the drug release rate may not be well controlled 
[10]. 
 
The aim of this study is to create a novel electrospun 
hybrid composite structure by combining PLA: PCL 
blends with ASP, which is then employed to form a 
novel drug delivery system. This system can 
overcome a poor interaction between TCH and the 
carrier when compared with IMC. The major 
emphasis was on a holistic investigation of 
fabrication process, material characterization, drug 
release tests and release kinetic modelling of such 
hybrid composites. 
 

2 Materials and Methods 

2.1 Materials 

PLA (molecular weight (MW) = 93,500 g/mol), PCL 
(MW = 80,000 g/mol) and HNT modifier ASP, TCH 
(TCH, C22H24N2O8·HCl, MW = 480.9 g/mol) and 
IMC (C19H16ClNO4, MW = 357.79 g/mol) drugs, 
phosphate buffer solution (PBS) as drug-release 
medium and chloroform and methanol solvents, 
were purchased from Sigma-Aldrich Ltd, Australia. 
Halloysite nanotubes (HNTs) were obtained from 
Imerys Tableware Limited, New Zealand. 

 

2.2 Electrospinning 

TCH and IMC with concentration 5 wt%/v were 
initially mixed with blend solution (PLA: PCL at a 
mix ratio of 1:1), where TCH was mixed with 1 
wt%/v HNT-ASP and then it was added to PLA: 
PCL solution. In the further electrospinning step, the 
different types of solutions were transferred to a 10-
ml syringe pump (A Fusion 100 syringe pump, 
Chemyx Inc. Stafford, TX USA). The flow rate of 
solution was set to 2 ml/h, and the applied voltage 
was in the range of 25–28 kV. The needle-to-
collector distance was 13cm. The electrospinning 
process was carried out at 24ºC, and the resulting 
fibers were collected on a mesh collector covered 
with flat aluminium foil. The thickness of fiber mat 
produced was measured using a micrometer, and 
was in the range from 330 to 450 µm. The release 
amounts of TCH and IMC in PBS were determined 

by a UV–vis spectrophotometer. The drug release 
data were fitted to five conventional mathematical 
models [11] for kinetics of drug release including 
zero order, first order, Higuchi, Ritger-Peppas and 
newly developed Zeng model [9]. 

2.3 In vitro drug release study 
The drug-loaded fiber mat sample (2 cm × 2 cm) 
was incubated in 20 ml PBS (pH=7.4) using a rotary 
shaker at 37°C. After the required incubation time 
for drug release, the sample was transferred to 20 ml 
fresh buffer solution and 36 separate incubations 
were done to obtain the TCH and IMC release data 
for the three different types of nanofiber mats and 
the released TCH amount in the buffer solution was 
determined afterwards. 

2.4 Characterization techniques 

The electrical conductivity and pH value of the 
solution were measured with the aid of a WP-81 
Waterproof pH and Conductivity Meter (TPS, 
Australia). The morphology of electrospun 
nanofibers was studied via an EVO 40XVP scanning 
electron microscope (SEM) (Germany) at an 
accelerating voltage of 5 kV. Prior to the SEM 
observation, the samples were sputter-coated with 
platinum. Fiber diameter was calculated from the 
SEM images by using an imaging analysis tool in 
the Zeiss Smart SEM software. For each sample, 
measurements were made for a minimum of 150 
fibers from multiple scanned SEM images at a rate 
of 15 fibers per image. 
 
XRD measurements of prepared samples were 
performed in a Bruker Discover 8 X-ray 
diffractometer (Germany) in operation at 40 kV and 
40 mA.  The Cu-Kα radiation was monochromatized 

with graphite sample monochromators in 2θ = 5°-
40° with a scanning rate of 0.05°/s. The d-spacing 
(d) was determined from Bragg’s equation, 
nλ=2dsinθ, where θ is the diffraction angle, λ is the 
wavelength (λ= 1.54 Å for a Cu target), and n is an 
integer. The level of crystallinity was determined by 
applying the area integration method from XRD 
intensity data over the range of 2θ =8° -27° [12].  
Thermal analysis was performed using a DSC6000 
PerkinElmer (USA) with Cryofill liquid nitrogen 
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cooling system. Approximately 10 mg of cut fiber 
mat was sealed in an aluminium pan. The thermal 
behaviour was analyzed during the first heating scan 
between –90°C to 200°C with a ramp rate of 
10°C/min. 
 
Fourier transform infrared spectroscopy (FTIR) was 
performed in a Spectrum 100 FTIR Spectrometer 
PerkinElmer (Japan). Spectra were recorded in range 
of 4000–550 cm−1 with 4 cm−1 resolution by using 
an attenuated total reflectance (ATR) technique [13]. 
FTIR was used to investigate the interaction level 
between MPs and PLA: PCL blends. 
 
The amount of TCH present in the release buffer 
was determined by a UV–vis spectrophotometer 
(JascoV-67) at wavelengths of 360 nm and 319 nm 
for TCH and IMC, respectively. 
 

3 Results and discussion 

3.1 Effect of drug on fiber morphology 

To investigate the effect of drug type, the PLA/PCL 
polymer solution was blended with IMC and TCH at 
5wt%/v concentration. Figs. 1 and 2 demonstrate 
that the loaded IMC produced a uniform fibrous 
composite structure with much larger fiber diameters 
of 794 nm as opposed to TCH counterpart with fiber 
diameters of 623 nm. There was no remarkable 
change on the fiber diameters when adding IMC 
compared with PLA: PCL blend fibers. In addition, 
PLA: PCL/HNT-ASP/TCH composites also possess 
a uniform fibrous structure with a relatively small 
fiber diameter of 716 nm, in contrast to 
corresponding PLA: PCL blends and PLA: PCL/ 
HNT-ASP composites.  
 
The addition of IMC to PLA: PCL blend solution 
did not appear to significantly affect the solution 
electrical conductivity in good accordance with 
previous finding [14]. However, as expected, the use 
of cationic drug TCH further increases the solution 
conductivity. 
 

 

Fig. 1. Micrographs of electrospun PLA: PCL based 
composites with: (a) IMC (b) TCH and (c) HNT-
ASP /TCH. The scale bars represent 10 µm. 

 

 
Fig. 2. Effects of HNT-ASP, IMC and TCH on fiber 
diameters and solution electrical conductivity. 
 

3.2 Crystallinity level and thermal properties 

An XRD examination was carried out to investigate 
the impact of drug type on the crystallinity level and 
structures, after being loaded to the electrospun 
nanocomposites. The peaks in the pattern were 
labelled with the XRD reflection and the crystal 
planes (hkl) corresponding to the main crystalline 
peaks were directly detected in the DICVOL 
program of the FullProf software [15]. Fig 3 shows 
the XRD patterns for PLA: PCL blends and 
nanocomposite fibers loaded with TCH and IMC. 
The XRD patterns possess two diffraction peaks at 
angles of 2θ = 20.11° and 23.2° corresponding to the 
planes (101) and (200), respectively. There was no 
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PCL blends. This finding implies that low molecular 
weight TCH can hinder the cold crystallization 
process of PLA, acting as an anti-nucleating agent, 
which, however, might behave as an opposite role of 
HNT-ASP. On the other hand, the loaded IMC led to 
a drop in the Tm, while there was a slight decrease in 
the crystallization temperature (Tc), arising from a 
better interaction between PLA: PCL blends relative 
to the used TCH. 

 
Table 1: Thermal properties of PLA: PCL blend and 
PLA: PCL nanocomposites with TCH and IMC 
 

 

3.3 FTIR evaluation 

Fig.6 shows the FTIR spectra of PLA: PCL/TCH 
within nanocomposites and PLA: PCL/IMC system. 
The spectra of TCH within PLA: PCL blends and 
nanocomposites, were difficult to be assigned to the 
band shifting. However, the major noticeable change 
in the infrared spectra is that the bands of TCH at 
1614 and 1581 cm−1 were observed within the 
nanocomposites, which are allocated to the C=O 
stretching at ring A and the C=O stretching at ring 
C, respectively. That confirms the successful 
encapsulation of TCH to nanocomposites. While, 
FT-IR spectra of PLA: PCL/ IMC demonstrated that 
the bonds existing at 1560 cm-1 associated with the 
ionization of carboxyl groups in the IMC, which also 
shows its effective encapsulation. 

 

Fig. 6. FTIR spectra for selected material samples 
showing effect of drugs on the relative FTIR peaks. 

 

3.4 In vitro drug release 

The drug particles within polymer nanofibers have a 
tendency to stay on the fiber surface due to a fast 
solvent evaporation from PLA: PCL blend solution 
in electrospinning process and also high ionic 
interactions. Accordingly, a considerable burst 
release in the initial drug release is possible to take 
place. The burst release becomes quite large when it 
is not compatible between drug and PLA: PCL 
solution, as a result of their weak interaction. The 
release by using hydrophilic drug (TCH) to 
hydrophobic PLA: PCL blends was faster than that 
with hydrophobic drug (IMC). It can be seen from 
Fig. 7 that the drug release within the first 5 h is 
quite fast, particularly when using TCH drug (42% 
for PLA: PCL/ TCH vs. 30 % for PLA: PCL/ IMC). 
This can be attributed to the better interaction and 
compatibility between IMC and PLA: PCL blends 
compared with TCH. Furthermore, the chemical 
interaction between drug and its carrier can  impede 
the drug crystallization within its carrier, which  may 
then establish a sustained drug release in the 
crystalline state [17]. 

More evidently, the addition of 1 wt%/v HNT-ASP 
into PLA: PCL blends not only reduces the initial 
bust release to 30% after 5 h with reference to initial 
42% for PLA: PCL blends, but also reveals a similar 
release trend in the duration of steady release period 

 
Sample 

 
Tg(°C) 
PCL 

 
Tm(°C) 
PCL 

 
TC (°C) 
PLA 

 
Tm(°C) 
PLA 

 
 

PLA : PCL 
 

–52.19 
 

63.75 
 

83.97 
 

152.54 

PLA: PCL/ IMC 
 

–58.55 54.57 82.01 148.98 

PLA : PCL/ 
TCH 

 

–58.48 59.64 105.77 151.93 

PLA: PCL/ 
HNT-ASP/ TCH 

 

– 61.43 59.17 102.77 149.07 
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from 50 h to 250 h, which implies the robust control 
of drug release for both short and long evaluation 
periods due to the use of HNT-ASP. HNTs have 
negative charge on the outer surface and positive 
charged on the inner surface [18]. The charges on 
the HNT-ASP may give rise to the electrostatic 
interaction between TCH and the outer surface and 
lumen of HNT-ASP, resulting in the reduction of 
TCH drug release from PLA: PCL/HNT-ASP 
nanocomposites. 

 

 

Fig. 7.Drug release profiles for PLA: PCL loaded 
with IMC, TCH and HNT-ASP/TCH. 

 

3.5 Release kinetics  
The release kinetics was examined by fitting the 
drug release data to five mathematical models. 
Equations of these mathematical models and their 
reported parameters are listed in Table 1. The first 
order model shows that drug release rate completely 
relies on the drug concentration and its carrier. 
According to the n values of Ritger-Peppas model, 
the drug release mechanism follows the Fickian 
transport phenomenon [11] with a dominant 
diffusion process. However, according to Zeng 
model, the diffusion process and interaction between 
both drugs (TCH and IMC) and the carrier 
(PLA:PCL nanofibers) can make a significant 
impact on the drug release. IMC exhibits a much 
lower ΔG (i.e. the free energy variation between the 
free and bound states) [9] than TCH (−2.1×10-21 vs. 
–2.0×10-22), suggesting that PLA: PCL blends can 

decrease the release rate of hydrophobic IMC, but 
not for hydrophilic TCH due to their enhanced 
interaction. Furthermore, the decrease in koff values 
of IMC, when compared with TCH (from 0.0033 to 
0.0025 h–1), indicates a stronger interaction between 
the drug and carrier.  

Table 2: Drug release parameters obtained by fitting 
drug release data to five different models of drug 
release kinetics. 

 

Model 

 

Zero order 

 

First order 

 

Higuchi 

 

Ritger-
Peppas 

 

Zeng 

 

Equation 

 

Mt/M∞ 

= K0t 

 

Mt/M∞ 

= 1 – e–K1t 

 

Mt/M∞ 

= KHt1/2 

 

Mt/M∞ 

= KRtn 

** 

 

PLA: PCL 

/IMC 

 

K0=0.002 

R2=0.564 

 

 

 

K1=0.436 

R2=0.822 

 

 

 

KH=0.037 

R2= 0.801 

 

 

 

KR= 1.618 

n= 0.251 

R2=0.938 

 

 

 

Kon= 0.0049 h–1 

Koff= 0.0025 h–1 

Ks=1.006 h–1 
*ΔG= -2.1×10-21J 

R2= 0.945 

 

PLA: PCL 

/TCH 

K0=0.002 

R2=0.434 

 

K1=0.582 

R2=0.839 

 

KH=0.038 

R2= 0.691 

 

KR= 1.262 

n= 0.204 

R2=0.927 

 

Kon=0.0034 h–1 

Koff=0.0033 h–1 

Ks=1.160 h–1 
*ΔG= –2.0×10-22J 

R2= 0.920 

 

PLA: PCL/ 
HNT-ASP / 

TCH 

K0=0.0012 

R2=0.314 

K1= 0.857 

R2=0.961 

 

KH=0.024 

R2=0.534 

KR= 2.025 

n= 0.323 

R2=0.684 

 

 

Kon=0.0012 h–1 

Koff=0.00068 h–1 

Ks=1.025 h–1 
*ΔG= -2.2×10-21J 

R2=0.986 

 

 
**Mt/M∞= [Koff/(Kon + Koff)](1 − e−K

S
t) + [Kon/(Kon + Koff)](1 − e−K

off 
t) 

*ΔG = −kBT ln(Kon/Koff ), where kB is the Boltzmann’s constant 
and T is the absolute temperature (300 K). 

Moreover, by embedding HNT-ASP to nanofibers, 
there was a small change detected in KS while ΔG 
decreased from –2.0×10-22 to –2.2×10-21J. Such 
results confirm that embedded HNT-ASP decreases 
the TCH release and overcomes the fast release 
caused by the poor interaction between loaded TCH 
and PLA: PCL blends. This lies in the interaction 
between TCH molecules and HNT-ASP producing 
hydrogen bonds with the silanol groups on the HNT-
ASP. The TCH release might not completely fit 
these models because these models do not take into 
account the erosion/biodegradation and dimensional 
alteration of the drug carrier. However, the results 
obtained from Zeng model are in good agreement 
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with what has been obtained through the 
experimental results. 

4 Conclusions 

It has been found that the addition of TCH appears 
to increase electrical conductivity of PLA: PCL 
blend solution, thus considerably decrease the 
average nanofiber diameters. Nonetheless, the 
nanofiber diameters were found not to be changed 
remarkably by adding IMC. TCH and IMC loading 
can contribute to the decreasing tendencies in the 
degree of crystallinity, Tg and Tm values of PCL 
within the PLA: PCL blends. FTIR spectra confirm 
the successful encapsulation of IMC and TCH to the 
PLA: PCL blends and nanocomposites. Loading a 
hydrophilic drug (TCH) into HNT-ASP and 
hydrophobic polymer blends (PLA: PCL) was 

detected to decrease drug release and overcome the 
weak interaction between the PLA: PCL blends and 
TCH drug. This typical characteristic was clearly 
revealed with excellent agreement between obtained 
experimental data and Ritger-Peppas model and 
Zeng model in understanding the mechanism of drug 
release kinetics. 
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1 General Introduction 
Manufacturing processes introduce several sources 
of uncertainties into the material properties as well 
as the dimensions of the final product. Hence, 
stochastic modeling of manufacturing processes has 
a great potential to improve the understanding of the 
variation in the final properties owing to the inherent 
uncertainties in the process. In this respect, instead 
of having a purely deterministic model, a stochastic 
model is used in combination with a deterministic 
model for the simulation of the pultrusion process in 
the present paper. Pultrusion is a continuous and a 
cost effective composite manufacturing process in 
which constant cross sectional profiles are produced. 
Since the pultruded profiles are foreseen to be used 
more frequently in several industries such as 
construction, wind energy etc., it is necessary to take 
the uncertainties coming from the pultrusion process 
into account to evaluate the level of variation of the 
desired final properties or dimensions of the product. 
A schematic view of the pultrusion process is shown 
in Fig. 1. 
 

 
Fig. 1. Schematic view of a pultrusion process. The 
fibers and the matrix material are pulled through a 
heating die via a pulling system. At the end of the 
process the product is cut into the desired length.  

  

In order to improve the product quality or increase 
the productivity of the process, a detailed 
understanding of the process characteristics such as 
temperature profiles, curing and mechanical 
behavior is required. In the literature, several 
deterministic studies [1-9] and probabilistic studies 
[10, 11] have been carried out for the thermo-
chemical simulation of the pultruion process.  
However, these references provide no information 
about the sensitivity of the mechanical response such 
as residual stresses and distortions with respect to 
variations in the process conditions and material 
parameters in pultrusion. The residual stresses and 
distortions arise in the composite manufacturing 
processes due to a number of different mechanisms 
[12-15]: (i) the mismatch in the coefficient of 
thermal expansion (CTE) of the matrix material and 
the fibers, (ii) the chemical shrinkage of the matrix 
material, (iii) the tool-part interaction and (iv) the 
temperature and the degree of cure gradients through 
the composite thickness due to non-uniform curing. 
Apart from the pultrusion process, probabilistic 
analyses of other composite manufacturing 
processes, particularly resin transfer molding 
(RTM), have been carried out by several researchers 
[16-19]. In [18], the probability of the process-
induced deformations of a composite part exceeding 
a specified allowable tolerance was calculated by 
using the first order reliability method (FORM). In 
[19], the reliability assessment of the process 
temperature and the cure degree were investigated 
based on the random variables by using the FORM. 
 
The present paper investigates the effects of 
uncertainties in the pultrusion process parameters 
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(e.g. thermal and mechanical properties, fiber 
volume ratio, pulling speed, heater temperatures, 
etc.) on the process induced variations. This has not 
been considered in the literature up to now for this 
specific application (i.e. the thermo-chemical-
mechanical modeling of pultrusion). The residual 
stresses and distortions of a pultruded unidirectional 
(UD) glass/epoxy square profile are predicted using 
a coupled 3D Eulerian thermo-chemical model 
together with a 2D quasi-static Lagrangian plane 
strain mechanical model [8]. Two different case 
studies are considered in which different expressions 
for the rate of cure and the resin elastic modulus 
development are used. This is done in order to 
investigate what the choice of these models means 
for the pultrusion process simulation. For the 
probabilistic analysis, Monte Carlo Simulations 
(MCS) with the Latin Hypercube Sampling (LHS) 
technique have been performed by evaluating the 
aforementioned coupled 3D/2D deterministic 
thermo-chemical-mechanical models. This approach 
gives a better understanding of the effect of the 
variations inherently involved in the process and 
makes it easier or more practical to predict how 
large and sensitive the scatter of the output 
parameters with respect to scatter in the input design 
parameters are. 
 

2 Numerical Implementation 

2.1 Thermo-chemical Model 

The energy equations given in Eq. 1 (for the 
composite part) and Eq. 2 (for the die) are solved in 
the deterministic 3D thermo-chemical simulation of 
the pultrusion process. 
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2 2 2
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t x
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∂ ∂ ∂

+ +
∂ ∂ ∂

 (2) 

where T is the temperature, t is the time, u is the 
pulling speed, ρ is the density, Cp is the specific 

heat and kx1, kx2 and kx3 are the thermal conductivities 
along x1, x2 and x3 directions, respectively. The 
subscriptions c and d correspond to composite and 
die, respectively. Lumped material properties are 
used and assumed to be constant. The internal heat 
generation (q) [W/m3] due to the exothermic 
reaction of the epoxy resin can be expressed as [6]: 
 
 (1 ) ( )f r tr rq V H Rρ α= −  (3) 

where Vf is the fiber volume fraction and Htr is the 
total heat of reaction, ρr is the density of epoxy 
resin, α is the degree of cure. 
 
In the present study, two different cure rate 
expressions (i.e. Rr(α) = dα/dt), which are given in 
Eq. 4 and Eq. 5,  are considered. 
 
Model-1 [6]: 
 

 ( ) exp( )(1 )n
r o

ER K
RT

α α= − −  (4) 

Model-2 [8, 15]: 
 
  ( ) exp( )(1 ) ( , )n

r o
ER K f T

RT
α α α= − − ⋅  (5) 

where Ko is the pre-exponential constant, E is the 
activation energy, R is the universal gas constant and 
n is the order of reaction (kinetic exponent) [6]. In 
Eq. 5, f(α,T) is the diffusion factor which accounts 
for the glass transition effect defined as [15]: 
 

 
0

1( , )
1 exp[ ( ( ))]C CT

f T
C T

α
α α α

=
+ − +

 (6) 

where C is a diffusion constant, αC0 is the critical 
degree of cure at T = 0 K and αCT is a constant for 
the increase in critical α with T [15]. Due to the 
material movement inside the die the resin kinetics 
equation can be expressed as [8] 
 
 

3
( )rR u

t x
α αα∂ ∂
= −

∂ ∂
 (7) 

where it is the expression in Eq. 7 which is used in 
the numerical model. For the thermo-chemical 
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Table 1. Material Properties [6]. 

Material ρ (kg/m3) Cp (J/kg K)  
3xk  (W/m K) 

1xk , 2xk  (W/m K) 

Composite (Vf = 63.9%) 2090.7 797.27 0.9053 0.5592 

Die 7833 460 40 40 

 
 

Table 2. Epoxy Resin Kinetic Parameters [6, 8]. 

Htr [kJ/kg] K0 [1/s] E [kJ/mol] N C αC0 αCT [1/K] 

324 192000 60 1.69 30 -1.5 0.0055 
 

simulation of the pultrusion process, the control 
volume based finite difference (CV/FD) method [1, 
4, 10, 20] is used in order to obtain the temperature 
and degree of cure distributions. MATLAB [21] is 
used for the implementation of the CV/FD.  

2.2 Thermo-chemical-mechanical Model 

As earlier mentioned, the instantaneous resin elastic 
modulus (Er) development during the process is 
calculated using two different approaches. The 
corresponding expressions for the resin elastic 
modulus are given in Eq. 8 and Eq. 9. 

Model-1 [14]: Cure dependent resin modulus 

 
 0(1 )r r rE E Eα α ∞= − +  (8) 

Model-2 [15]: Cure and temperature dependent resin 
modulus (cure hardening instantaneous linear elastic 
(CHILE) approach) 
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 (9) 

where Er0 and Er∞ are the uncured and fully cured 
resin moduli, respectively. TC1 and TC2 are the 
critical temperatures at the onset and completion of 
the glass transition, respectively, T* represents the 

difference between the instantaneous resin glass 
transition temperature (Tg) and the resin temperature, 
i.e. T* = Tg – T [15]. The evolution of the Tg with the 
degree of cure is modeled by the Di Benedetto 
equation [15]. The linear elastic CHILE approach 
includes the cure hardening and also thermal 
softening [15] and it is suitable for pultrusion since 
shorter process times are present here as compared 
to other  composite manufacturing processes such as 
RTM, Vacuum Infusion and Autoclave processes. 

The effective mechanical properties of the 
composite are calculated by using the SCFM 
approach which is a well known technique in the 
literature [8, 14]. User-subroutines in ABAQUS [22] 
are used for the calculation of the residual stresses 
and distortions as used in [8, 9, 14]. 

 

3 Deterministic Analysis of the Pultrusion 
Process 

3.1 Problem Description 

The 3D thermo-chemical simulation of the 
pultrusion of a square profile, in which the 
temperature and degree of cure distributions are 
calculated, is carried out in a Eulerian frame. A UD 
glass/epoxy based composite and a steel die are used 
for the composite and the die block, respectively. 
Material properties and the resin kinetic parameters 
are listed in Table 1 and Table 2, respectively. The 
parameters used for the diffusion factor (Eq. 6) are 
given in Table 2. Only a quarter of the pultrusion 
domain, seen in Fig. 2, is modelled due to symmetry. 
At the symmetry surfaces adiabatic boundaries are 
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defined in which no heat flow is allowed across the 
boundaries. The remaining exterior surfaces of the 
die are exposed to ambient temperature (27 oC) with 
a convective heat transfer coefficient of 10 W/(m2 
K) except for the surfaces located at the heating 
regions. Similarly, at the post die region, convective 
boundaries are defined for the exterior surfaces of 
the pultruded profile. The length of the post die 
region (Lconv in Fig. 2) is determined to be 
approximately 9.2 m.  

In the mechanical analysis of the process, the 
calculated temperature and degree of cure profiles in 
3D are transferred to a 2D quasi-static analysis and 
the corresponding stresses, strains and  
displacements are calculated accordingly in 
ABAQUS. The details of this approach are given in 
Fig. 3. In the 2D thermo-chemical-mechanical 
simulation, a plane strain assumption is made [8] 
and a realistic mechanical contact formulation at the 
die-part interface, which allows separation of the 
composite from the rigid die surface due to the 
shrinkage of the part, is defined. 

 

 
 
Fig. 2. Schematic view of the pultrusion domain and 
the cross-sectional details of the pultruded profile. 

All dimensions are in mm. Not to scale. 

 

Two case studies are carried out in which the 
expressions for the resin kinetics (R(α)) and the 
instantaneous resin elastic modulus (Er) are varied. 
The summary of these models are given in Table 3. 
In Model-1, Eq. 4 and Eq. 8 and in Model-2, Eq. 5 
and Eq. 9 are used for the calculation of Rr(α) and  
Er, respectively. It should be noted that the resin 
coefficient of thermal expansion (CTE) in rubbery 
state (Tg < T) is known to be approximately 2.5 

times of the CTE in glassy state (Tg > T) [12]. In the 
present work, the change in Tg is only taken into 
account for Model-2. The constants for the CHILE 
model and the Di Benedetto equation together with 
the mechanical properties of the epoxy resin and the 
fibers in Model-2 are taken from [8]. In the present 
study, the total volumetric shrinkage of the epoxy 
resin is assumed to be 6% for both models (Model-1 
and Model-2) [8]. 

 

 
Fig 3. Representation of the coupling of the 3D 
Eulerian thermo-chemical model with the 2D 

Langrangian plain-strain mechanical model [8]. 

 

Table 3. Summary of the two different models used 
in the present study 

 Model-1 Model-2 
Resin Kinetics (Rr(α)) Eq. 4 Eq. 5 
Instantaneous resin 
modulus (Er) 

Eq. 8 Eq. 9 

 

3.2 Results and Discussion 

The calculated temperature and degree of cure 
distributions at the interior region of the part (point 
A) are depicted in Fig. 4 for the two different models 
(Model-1 and Model-2, see Table 3). It is seen that 
there is a very small difference in temperature 
distributions between these two models. The degree 
of cure increases for both models at the post die 
region, however this increase is relatively smaller in 
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Model-2 as compared to Model-1 since the diffusion 
factor (Eq. 6) used in Model-2 slows down the 
curing after vitrification (Tg > T) owing to the switch 
of the resin reaction from a kinetic form to a 
diffusive form [15]. As a result, a relatively higher 
degree of cure at the end of the process (α = 0.98) is 
obtained at the center of the product (point A) for 
Model-1 as compared to Model-2 (α = 0.97).  

 

 
Fig. 4. Temperature (top) and degree of cure 

(bottom) distributions at point A (center of the 
composite) for Model-1 and Model-2. 

 
Fig. 5. Displacement evolutions at point B in x2-

direction (U2). Triangular mark indicates the glass 
transition for Model-2. 

 

The evolution of the process induced transverse 
normal stresses in the x1-direction (S11) are shown 
in Fig. 6. A similar trend for the stress development 
during the process is obtained as in [8] such that 
tension stresses prevail at the inner region (point A) 
and compression stresses occurs at the outer region 
(point B). It is found that relatively higher stress 
levels are obtained for Model-1 as compared to 
Model-2. In Model-1, stresses start developing after 
curing takes place (at approximately 0.4 m, see Fig. 
5) because at the same time the part starts getting 
stiffness due to the cure dependent resin modulus in 
Model-1. In Model-2, the stress levels decrease after 
Tg because, as earlier mentioned, the CTE of the 
epoxy resin in rubbery state (Tg < T) is known to be 
approximately 2.5 times of the CTE in glassy state 
(Tg > T) [12]. The corresponding undeformed 
contour plots of S11 at the end of the process (i.e. at 
x3 ≈ 10 m) are shown in Fig. 7. The maximum 
compression stress S11 at point B is calculated to be 
approximately -22 MPa (Fig. 7a) and -13 MPa (Fig. 
7b) for Model-1 and Model-2, respectively. On the 
other hand, the maximum tension stress S11 at point 
A is found to be approximately 9.5 MPa (Fig. 7a) 
and 3.3 MPa (Fig. 7b) for Model-1 and Model-2, 
respectively. 
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Fig. 6. The transverse process induced stress (S11) development at point B (left) and at point A (right) 

using Model-1 and Model-2. 

 
Fig. 7. Undeformed contour plots of the residual stress at the end of the process for Model-1 (a) and 

Model-2 (b). 

4 Probabilistic Analysis of Pultrusion Process 

4.1 Description of the Probabilistic Model  

The uncertainties in the processing parameters and 
material properties of the pultruded part are defined 
as random input parameters (RIPs). A total of 29 
RIPs with a Gaussian distribution are considered in 
the probabilistic analysis of the pultrusion process 
and Table 4 summarizes these RIPs. Here, ‘GAUSS’ 
denotes the Gaussian (Normal) distribution with 
mean (µ) and standard deviation (σ) where σ = 
µ×COV. In general, the statistical characteristics are 
obtained from the extensive data collection and data 

analysis. In the present study, the mean values of the 
RIPs are taken from the deterministic analysis 
carried out in Section 3 and the standard deviations 
are estimated based on engineering intuition and 
common available data from the literature [10, 11, 
19]. Here, the 4th random variable, namely the heater 
temperature multiplier (“cons”), is defined as a 
multiplier for all three heater temperatures. For 
instance, the temperature of the first heater becomes 
a random variable by multiplying it with a random 
parameter, i.e. cons. Hence, it has a normal 
distribution with a mean (μ) of 171 °C and a 
standard deviation (σ) of 171×0.02 ≈ 3.4 °C. The 
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same approach is also valid for the other two heater 
temperatures. 

The transverse stress (S11) at point B predicted at 
the end of the process (See Fig. 7) is taken as the 
random output response (ROR) since the maximum 
stress level is obtained at that point. In addition, the 
displacement of point B in the transverse direction 
(U2) after cooling to ambient temperature is also 
defined as a ROR.  
 
The MCS with LHS technique is used to evaluate 
the cumulative distribution functions of the RORs 
together with corresponding linear correlation 
coefficients between the RIPS and the RORs which 
indicates the sensitivity of each RIPs with respect to 

the defined RORs.   A total of 1,000 MCS are 
performed for each thermo-chemical-mechanical 
models (i.e. Model-1 and Model-2, see Table 3). 

4.2 Results and Discussion 

The cumulative distribution functions of S11 and U2 
for point B at the end of the process are given in Fig. 
8 and Fig. 9, respectively. It is seen that using the 
same RIPs in both models (Model-1 and Model-2), 
different sampling trends are obtained, i.e. the 
sampling range is relatively wider in Model-1 as 
compared to Model-2. The probability values 
indicate the probability of S11 (Fig. 8) or U2 (Fig. 9) 
being below that particular level. For instance, based 
on the RIPs (Table 4), the probability of S11 being 

Table 4. The random variables and their statistical characterizations for the pultrusion process.  

Nr. Property Symbol Unit µ COV Distribution 
1 Pulling speed u cm/min 20 0.02 GAUSS 
2 Fiber volume ratio Vf - 0.639 0.02 GAUSS 
3 Inlet temperature Tleft 0C 30 0.02 GAUSS 
4 Heater Temperature multiplier cons - 1 0.02 GAUSS 
5 Density of resin ρr kg/m3 1260 0.05 GAUSS 
6 Density of fiber ρf kg/m3 2560 0.05 GAUSS 
7 Specific heat of resin Cpr J/kg K 1255 0.05 GAUSS 
8 Specific heat of fiber Cpf J/kg K 670 0.05 GAUSS 
9 Thermal conductivity of resin  kr W/m K 0.21 0.05 GAUSS 
10 Transverse thermal conductivity (fiber) (kx1)f W/m K 1.04 0.05 GAUSS 
11 Longitudinal thermal conductivity (fiber) (kx3)f W/m K 11.4 0.05 GAUSS 
12 Total heat of reaction Htr J/kg 3.24e5 0.02 GAUSS 
13 Pre-exponential constant K0 1/s 1.92e5 0.02 GAUSS 
14 Activation energy E J/mol 6.0e4 0.02 GAUSS 
15 Order of reaction N - 1.69 0.02 GAUSS 
16 Uncured resin modulus Er0 MPa 3.447 0.05 GAUSS 
17 Fully cured resin modulus Er∞ MPa 3.447e3 0.05 GAUSS 
18 Poisson’s ratio of resin νr - 0.35 0.05 GAUSS 
19 Longitudinal fiber modulus E33f MPa 7.308e4 0.05 GAUSS 
20 Transverse fiber modulus E11f MPa 7.308e4 0.05 GAUSS 
21 Longitudinal Poisson’s ration of fiber ν31f - 0.22 0.05 GAUSS 
22 Transverse Poisson’s ration of fiber ν12f - 0.22 0.05 GAUSS 
23 Longitudinal shear modulus of fiber G31f MPa 2.992e4 0.05 GAUSS 
24 Transverse shear modulus of fiber G12f MPa 2.992e4 0.05 GAUSS 
25 Total volumetric shrinkage of the resin Vsh - 0.06 0.05 GAUSS 
26 Longitudinal CTE of fiber α33f 1/ K 5.04e-6 0.05 GAUSS 
27 Transverse CTE of fiber α11f 1/ K 5.04e-6 0.05 GAUSS 
28 Longitudinal CTE of resin α33r 1/ K 5.76e-5 0.05 GAUSS 
29 Transverse CTE of resin α11r 1/ K 5.76e-5 0.05 GAUSS 
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larger (in compression) than -30 MPa is 1% for 
Model-1 and for Model-2 the probability of S11 
being larger than -15.3 MPa is approximately 2%.  
Similarly, the probability of U2 being larger than -
1.4e-4 m (in magnitude) is approximately 8% for 
Model-1 and probability of U2 being larger than -
0.9e-4 m is approximately 2% for Model-2.  
 
The corresponding linear correlation coefficients are 
depicted in Fig. 10 and Fig. 11 for Model-1 and 
Model-2, respectively. The sensitivities of the RIPs 
are shown as a pie chart and a bar plot for the RORs, 
i.e. S11 and U2, for the two models. For Model-1, it 
is seen from Fig. 10 that the most sensitive 
parameter is found to be the total volumetric 
shrinkage of the resin (Vsh) which has a negative 
correlation coefficient of around -0.7. A negative 
correlation indicates that an increase in the input 
parameter provides a decrease in the output 
parameter and vice versa, e.g. if Vsh increases, the 
values of S11 and U2, which are negative, decreases 
or the magnitude of them increases as expected by 
using Model-1. On the other hand, the most sensitive 
parameter is found to be the fully cured resin 
modulus (Er∞) and the fiber volume ratio (Vf) for S11 
and U2, respectively, by using Model-2. It should be 
noted that the variation in Vf has also an important 
effect on the output parameter U2 which has a 
correlation coefficient of around 0.6 for Model-1. 
Similarly, it is seen from Fig. 10 and Fig. 11 that the 
effect of the variation in the Vf on S11 is less than on 
U2 for both models. On the other hand, the variation 
in Er∞ has a more important effect on S11 as 
compared to U2. 
 
 
 
 

Fig. 8. Gauss plot of the cumulative distribution  
function of S11 at point B at the end of the process 

using Model-1 and Model-2. 
 
 
 

 

 
Fig. 9. Gauss plot of the cumulative distribution 

function of U2 at point B at the end of the process 
using Model-1 and Model-2. 
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Fig. 10. The linear correlation coefficients between the RIPs and S11 (top); and U2 (bottom) at point B in 

bar plot and corresponding sensitivities in pie chart for Model-1. 
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Fig. 11. The linear correlation coefficients between the RIPs and S11 (top); and U2 (bottom) at point B in 

bar plot and corresponding sensitivities in pie chart for Model-2. 
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Conclusions 
In this study the application of the MCS with LHS 
technique for the probabilistic simulation of the 
pultrusion process was investigated based on the 
process induced variations such as residual stresses 
and distortions. Two different material models (see 
Table 3) were considered in the 3D/2D deterministic 
thermo-chemical-mechanical simulation of the 
process. According to the probabilistic results, a 
relatively wider sampling range was obtained using 
Model-1 as compared to Model-2. In both material 
models, the variation in the fiber volume ratio (Vf) 
has an important effect on the variation of the output 
parameter U2. For Model-1, the most sensitive 
parameter is found to be the total volumetric 
shrinkage of the resin (Vsh) for SS1 and U2. On the 
other hand, the most sensitive parameter is found to 
be the fully cured resin modulus (Er∞) and the fiber 
volume ratio (Vf) for S11 and U2, respectively, by 
using Model-2. Similarly, the effect of the variation 
in the Vf on S11 is less than on U2 for both models. 
On the other hand, the variation in Er∞ has a more 
important effect on S11 as compared to U2.  
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1 General Introduction  

Composite materials are anisotropic and 
heterogeneous with highly variable microstructures. 
The ultimate failure of composite laminates is 
generally determined after a series of interacting 
events, such as matrix cracking and fibre failures, 
occurring on a microscopic level. These microscopic 
processes need to be understood to determine their 
effect on macroscopic strength. Existing models and 
theories to predict composite failure either rely on 
overly simplified failure criteria [1, 2] or are based 
on idealised assumptions of the material structure 
[3,4].  

Voids are a common microstructural feature in 
composite materials, particularly when non-
autoclave manufacturing processes are used, 
resulting either from entrapped air during the 
manufacturing process or from volatiles arising from 
the resin during the cure stage [5]. Studies have 
attempted to determine the effect of these voids on 
composite mechanical properties, for example [5, 6, 
7]. Such studies show that void content is 
detrimental to a variety of material properties 
including: interlaminar shear strength, longitudinal 
and transverse modulus and flexural strength, 
longitudinal and transverse tensile strength and 
modulus, compressive strength and modulus, and 
fatigue resistance. Analysis methods have been 
predominantly limited to two dimensions, however 
in more recent years CT has been used to 
characterise the meso-structure of composites 
including void segmentation in 3D [8, 9]. 
Quantitative micromechanical analyses are largely 
lacking however, particularly in terms of failure 
initiation processes, where both the experimental 
tools to capture failure within bulk material at high 
resolutions has been largely absent to date. 

In this current study multi-scale computed 
tomography techniques have been used to obtain  

 

three-dimensional data of the internal material 
structure and damage mechanisms in loaded hoop 
structures to provide an unprecedented 
understanding of the material behaviour under load.  

This characterisation is key to enabling 
correlations between all relevant damage 
mechanisms and the material structure to be 
identified, which will determine the relative 
influence of material and microstructural features on 
performance; something which until now has not 
been possible. This research is particularly focussed 
on the effects of voids and fibre breaks, including a 
modified tessellation approach to void-fibre break 
correlation mapping. 

 

2 Materials and Methods 

2.1 Materials 

Hybrid composite hoop structures were 
manufactured via filament winding and cured out of 
autoclave, including voids within the composite 
layers. The experimental structures consisted of an 
internal aluminium liner, filament wound with 
carbon/epoxy (CFRP) and glass/epoxy (GFRP). The 
outer diameter of the structures were approximately 
90mm, with a total wall thickness of ~ 4.15mm. The 
approximate thickness of each material layer is 
shown in Fig. 1. The circumferential layers were 
wound at ~90° to the axis of the structure and the 
longitudinal layers at ~20°.  

The samples were pressurised to near failure. 
Acoustic Emission (AE) sensors were used as an aid 
to locate damage spatially and temporally without 
seeking to distinguish the damage mechanisms from 
the AE data itself. This work was carried out in 
continuation of a study by Kalantzis [10]; involving 
multiple hoop structures taken to failure whilst 
acoustic emissions were recorded. The previous 
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work Kalantzis [10] has shown that final failure sites 
can be located by peaks in the AE signal amplitude 
and energy.  

Six AE sensors were applied to each test 
structure, the structures were then internally 
pressurised at a rate of 0.5MPa per second, using a 
Top Industrie S.A. Banc Hydraulique 2000bar 
testing press. The AE signals where used to 
determine the regions of highest damage for further 
analysis via high resolution CT. The acoustic 
emission signal amplitude, energy and counts were 
recorded for each sensor. An event was located 
when at least four sensors detected an emission, on 
the basis of the time of arrival at each sensor and the 
speed of sound in the composite walls. The signals 
were pre-amplified by 40dB and band-pass filtered 
outside the range of 100kHz to 1MHz to remove the 
background noise. The AE signals were recorded 
and analysed with a Vallen AMSY 4 data 
acquisition system. 

The analysis has been carried out for the CFRP 
component of the samples only. The CFRP provides 
the majority of the strength and stiffness of the 
structure. 

Fig. 1: Schematic section illustrating the material layup. 

2.1 Multi-scale Computed Tomography 

Micro-focus CT (µCT) has been used to provide 
images at moderate to low resolutions, shown in  (a) 
and (b), from whole component samples and 
sectioned sub-regions. In addition imaging using the 
European Synchrotron Research Facilities (ESRF), 
enabled micron scale resolutions of critical regions 
of interest, shown in  (c), providing structural 
information down to single fibre levels. 

µCT images were taken using an X Tek 
Benchtop 160Xi scanner at the University of 
Southampton, providing resolutions of ~ 75µm and 
~ 15µm for the macro and meso scale imaging. In 
this system X-rays are generated when an 
accelerated electron beam collides with a metal 
target (molybdenum or tungsten). A focal spot size 
down to ~3µm is achievable in this system. Due to 
the conical beam of the µCT, a smaller sized sample 
will achieve higher resolution. As such the finest 

resolution (i.e. ~3µm) is achievable for a field of 
view of 3.6mm cross-section, with the largest 
possible objects (~90mm cross-section) yielding a 
voxel resolution of about 75µm. 

The SRCT setup at ID19 of the ESRF, was used 
to obtain a resolution of 1.4µm (although higher 
resolutions are achievable). In comparison to the 
µCT, X-rays are generated from very high energy 
electrons circulating in an accelerator and associated 
interactions with an undulator device in this case. 
The high beam flux enables relatively short exposure 
times, with satisfactory imaging results being 
obtained for scans in the order of 5-10 minutes. The 
coherent beam enables an edge detection method to 
be exploited via near-field Fresnel diffraction [11], 
to assist in the detection of small features such as 
voids, cracks and fibre breaks. 

Multi-scale imaging was carried out as follows: 

1. Macro-scale imaging of the whole structure 
diameter using the µCT at a resolution of ~75µm. 

2. Meso-scale imaging of small Regions of 
Interest (ROI) extracted from the whole structure at 
the locations of highest energy and amplitude of the 
AE signals, and scanned at a resolution of ~20 to 
8µm (dependant on sample size). The ROIs were 
extracted by first cutting short hoop sections 
(~20mm wide) and imaging at  ~20µm. The hoop 
sections were then mounted in epoxy resin (to 
constrain and prevent the release of residual stresses 
and corresponding delamination of the structure) and 
smaller rectangular sections of ~ 20x20mm were cut 
using a slow speed diamond saw, enabling scan 
resolutions of ~ 8µm. 

3. Micro-scale imaging of sub-regions extracted 
from the meso-structure samples above. A slow 
speed diamond saw was again used to cut narrow 
"matchstick" coupons, which were then 
metallographically polished to ~2x2mm in cross-
section and ~20mm length. Figure 2 shows 
schematically the 2x2mm cross-section area of the 
CFRP samples, with the 20mm length corresponding 
to the axis of the structure. These matchsticks were 
imaged using SRCT at a resolution of 1.4µm. 

The software packages VG Studio Max 2.1™ 
and ImageJ ™ were used to analyse the 
reconstructed CT images to determine the internal 
material characteristics and highlight particular 
features of interest. 

 

Inner 
Aluminium 

liner (~2mm) 

CFRP layers 
90º          20º         90º 

(0.5mm   0.75mm   0.5mm) 

GFRP layer 
90º     20º 
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3 Voids 

3.1 Void segmentation 

The macro-scale image shown in Fig. 3 shows a 
three dimensional image of the structure, in which 
the voids have been segmented and shown in black 
via a grayscale threshold. It shows varying regions 
of voids with distinct regions running parallel to the 
longitudinally wound fibres (20°). The macro-scale 
images show larger features can be distinguished 
(i.e. at approximately 75µm length scales and above) 
and thus show only larger voids.  

In order to segment all fine scale void 
populations accurately the high-resolution SRCT 
images were used, in which each individual void is 
clearly identifiable, as shown in Fig. 4.  

A trainable segmentation tool [12] in the image 
processing package Fiji™ was used to segment the 
voids within sub-volumes of the circumferential 
plies (~1800 x 160 x 450 µm). In this process 
approximate areas of voids and background 
microstructure (the fibres and resin) are first selected 
manually. The plugin is then trained on the examples 
given, and automatically segments the rest of the 
image. A set of features of the example regions are 
created by individually applying various filters (for 
example, Gaussian blur, Mean, Minimum and 
Maximum), and a classification tree is then built 
linking the features from the image to the features 
from the examples. The plugin then uses the features  

 

 

from the examples to designate the class of the 
feature of interest (i.e. voids or background). 

 

3.2 Tessellation 

Once the voids had been segmented, a 3D "finite 
body" tessellation was carried out to determine the 
spatial distributions of the voids in relation to other 
features; for example damage mechanisms. Boselli 
et al. [13] particularly show the relevance of this 
form of tessellation to analysis of irregular and 
anisotropic bodies, where simpler Dirichlet 
tessellation of centroids leads to physically 
unrealistic representation of the surrounding space. 

The segmented binary voids, shown in Fig. 5a) 
were labelled such that each void was associated 
with its own identifying number. The tessellation 
technique uses a Euclidean 3D distance transform 
using the MATLAB function from Mishchenko [14].  

The distance transform was computed from the 
edge of voids as opposed to individual centroids: a 
number is assigned at each pixel in the image 
corresponding to the distance between that pixel and 
the nearest edge of a void. Fig. 5c) shows a 2D slice 
from the resultant 3D distance transform of the voids 
from Fig. 5a).  

A 3D "watershed" was then calculated for 26-
connected pixels, i.e. 26 neighbouring pixels 
connected at the face, edge and corners using the 

Fig. 2: Multi-scale CT imaging approach of a hybrid composite/metallic structure: (a) and (b) 
µCT scans of whole structure and sub-region. (c) SRCT image of plies and local fibre 

distribution. 
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Fernand Meyer algorithm [15]. This creates cells 
separated by a watershed line, as shown in Fig. 5d).  

The border cells were then removed, as the cells 
found at the border of the image being analysed may 
be influenced by voids outside the field of view. The 
border cells inline with the fibre direction are kept, 
as typically the voids are long and run through the 
majority of the length of the image. Fig. 5e) shows 
the remaining cells and corresponding voids used for 
analysis. It should be noted that in the figure some of 
the cells appear as though they contain more than 
one void, however they are in fact one void that 
adjoin further into the sample volume. 

Fig. 3: Macro-scale slice of the cylindrical section 
showing geometry of voids. 

 
Fig. 4: SRCT high resolution image of composite. 

 
Fig. 5: a) 3D view of segmented voids, b) 2D slice of 

voids, c) 2D slice from 3D distance transform d) 
watershed of distance transform e) 2D slice of the 

remaining cells and corresponding voids after the border 
voids have been removed. 
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4 Damage Mechanisms 

The macro-scale analysis shows only larger 
delaminations and voids (Fig. 3). Other fine scale 
damage, such as matrix cracks, requires higher 
resolution imaging, and thus smaller samples. The 
high-resolution SRCT images allow matrix damage 
to be identified at a much higher resolution. Fig. 6 
shows multiple matrix cracks in the longitudinal 
layer intersecting with voids. Fig. 7 shows a 3D 
volume in which all the cracks in the longitudinal 
layer and the corresponding voids with which they 
intersect have been segmented. The composite has 
been digitally removed to reveal the damage in three 
dimensions. It is clear that each of the matrix cracks 
(in light grey) intersect with at least one of the voids 
(in dark grey). The complex structure of the cracks 
and voids emphasise the importance of 3D analysis. 

It is possible to identify clearly individual fibre 
breaks located in the circumferential layers, shown 
in Fig. 8. No fibre breaks were found in the 
longitudinal layer; the circumferential layers in this 
structure carry the majority of the stress when 
loaded (being the stiffest composite layer in the 
circumferential direction) and thus the fibre breaks 
found within this layer are the dominant damage 
mechanism. The fibre breaks were manually counted 
from SRCT images within the circumferential ply 
sub-volumes for the near failed samples.  

 
 

 

  
Fig. 7: 3D SRCT image of cracks intersecting with voids 

 
Fig. 8: Micro-scale SRCT image of fibre breaks in the 

inner CFRP circumferential layer.  

Fig. 6: Micro-scale SRCT image of matrix cracks in the longitudinal layer of the 
CFRP. 

ICCM19 6324



 
CORELLATIONS OF DAMAGE MECHANISMS AND MATERIAL 
MICRO-STRUCTURE IN TENSILE LOADED HOOP STRUCTURES 

 

!"!#$!!%

&"!#'!(%

)"!#'!&%

)"&#'!&%

*"!#'!&%

*"&#'!&%

+"!#'!&%

+"&#'!&%

!% !"!*% !"!,% !"!(% !"!-% !")% !")*%

!"
#$
%&
#$
%'
(&
)%

*+
",
-&
.
/0
1
2%
33&
&41

56
")
7&

16")&16389%&!$'2:6*&0156")/12%337&

5 Material structure and damage mechanisms 
correlations 

The resultant tessellation enables highly localised 
measurements, such as cell and void areas, CA and 
VA, local void volume fraction Vf (VA/CA), cell and 
void geometry and centroids. It enables correlations 
to be determined between fibre break densities with 
void volume fractions, void dimensions and spatial 
distributions, to determine any affects the voids may 
have on fibre break numbers and locations. 

Fig. 9 shows the fibre break density versus void 
volume fraction for each tessellated cell for a sub-
volume within the CFRP from which the fibre 
breaks where quantified. It shows there is no distinct 
correlation between the fibre break density and the 
volume of the voids. Fig. 10 shows the fibre break 
density versus void dimensions, for which the x and 
y coordinates correspond to the transverse directions 
and the z coordinate the fibre axis (the limits of the z 
axis according to the sample volume is marked on 
the graph). This figure again shows no first order 
correlation between the void size and fibre break 
density. 

The distance transform map was then used to 
determine the distances of all the fibre breaks to 
their nearest void in the sub-volume. The histogram 
of the nearest neighbouring fibre break distance of 
each void is shown in Fig. 11. The results are 
compared to a random distribution of fibre breaks, 
where the average of 10 random distributions is 

shown on the graph. The random fibre breaks are 
determined using a uniformly distributed random 
function to place the same number of fibre breaks 
observed in the sample. The randomly distributed 
fibres took into account the real material structure, in 
that they were not placed within locations of voids 
or where a previous fibre breaks had been placed.  

Fig. 11 shows there is a distinct peak in the 
number of fibre breaks occurring at a distance of less 
than 2.5 pixels (corresponding to half the fibre 
diameter) from the edge of the voids. 16.25% of all 
the fibre breaks were found to occur within half a 
fibre diameter of a void, compared to 5.75% for the 
random distribution. This strongly suggests that 
voids influence fracture in the immediately 
surrounding fibres.  The remaining data can be seen 
to follow a similar pattern to the random 
distributions, with a peak in fibre breaks occurring at 
a distance between 10 and 15 pixels from the closest 
void location. 

Whilst void proximity clearly influences fibre 
breaks, it is unclear from this study to what extent 
the correlation of fibre breaks with voids affects the 
overall onset of specimen failure. Initial models 
have been developed to correlate structural 
behaviour with fibre break processes (e.g. [16]), 
however the incorporation of voids and non-
idealities were not included. The incorporation and 
validation against experimental results reported here 
remains subject to on going work. 
 

 Fig. 9: Fibre break density versus void volume fraction for each tessellated cell 
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6 Conclusions 

High resolution computed tomography has been 
demonstrated as a very powerful tool to characterise 
microstructures in composite materials, and to 
correlate the occurrence of damage with 
microstructural features in three dimensions. In the 
present work the locations of cracks and fibre breaks 
were correlated with voids. 

A high level of confidence can be placed in the 
results as the features are viewed directly at the 
relevant length scale. Voids were segmented in three 
dimensions to analyse the spatial distribution and 
determine any correlation with damage mechanisms. 
It was shown in three dimensions that matrix cracks 
intersect with the voids. The correlation with fibre 
breaks was less distinct. There was no first order 
correlation found between fibre break density and 
void volume fraction or void dimension. It was 
evident however that there is a correlation between 
fibre break locations and voids, with 2.8 times more 
fibre breaks occurring within half a fibre diameter of 
voids than estimated for a uniform random 
distribution of the same number of breaks. 

The experimental approach demonstrated in this 
work, is most powerful when combined with models 
for the material response, allowing the concept of 
“data rich mechanics” as a tool to inform material 
and process development to become a reality. 
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Fig. 11: Histogram of distance of fibre break to nearest neighbouring void 

Fig. 10: Fibre break density versus void dimensions in the transverse and axial (in line with 
the fibres) directions 
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1 General Introduction 
Pultrusion is a manufacturing process for producing 
continuous lengths of fiber reinforced composite 
shapes with a constant cross section. While 
pultrusion machines vary in design, the process is 
basically the same. Fibers and resin materials are 
pulled through a heated forming die using a 
continuous pulling system and the cured profile is 
cut into its final length. A schematic view of the 
pultrusion process can be seen in Fig. 1. 

 

 
Fig. 1. Schematic view of a pultrusion process.  
 

Fibre-reinforced polymer (FRP) composites have 
been used widely in aerospace and marine 
applications for years and are now getting 
increasingly popular in construction industry due to 
their high strength-to-weight ratio, low maintenance 
cost and high corrosion resistance. Recently, 
pultruded profiles are foreseen to have potential for 
the replacement of some of the conventional 
materials used in the construction industry. More 
specifically, the application of pultruded rods is 
significantly increasing for reinforcements of 
concrete elements. However, this increased use of 
the pultruded profiles in the construction industry 
requires better understanding of the mechanical 
behaviour or the failure mechanism of the product. 
 

In literature, thermo-chemical analyses of the 
pultrusion process have been carried out both 
numerically and experimentally [1-9] However, 
there is not much information about thermo-
mechanical aspects of the pultrusion process such as 
the evolution of the mechanical properties, process 
induced stresses, strains and deformations. The 
residual stresses and distortions arise in the 
composite manufacturing processes due to a number 
of different mechanisms [10-13]: (i) the mismatch in 
the coefficient of thermal expansion (CTE) of the 
matrix material and the fibers, (ii) the chemical 
shrinkage of the matrix material, (iii) the tool-part 
interaction and (iv) the temperature and the degree 
of cure gradients through the composite thickness 
due to non-uniform curing. In [14], the development 
of the process induced residual stresses and strains 
together with the distortions were investigated using 
the cure hardening instantaneous linear elastic 
(CHILE) approach [13]. It was found that, tension 
stresses prevail for the inner region of the composite 
since the curing rate is higher here as compared to 
the outer regions where compression stresses are 
obtained at the end of the process. In [15], an 
integrated modelling of the pultrusion process of a 
NACA0018 blade profile was carried out by 
combining a 3D Eulerian thermo-chemical analysis 
and a 2D quasi-static plane strain mechanical 
analysis. The calculated residual stresses were 
transferred into the subsequent bending simulation 
of the pultruded blade profile and the internal stress 
distribution was evaluated.  Apart from the 
pultrusion process, there are several studies in the 
literature regarding the mechanical modeling of the 
composite manufacturing processes such as resin 
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transfer molding (RTM), vacuum infusion, and 
autoclave [16-30]. 
 
In the present study the process induced residual 
stresses and distortions of a pultruded unidirectional 
(UD) glass/epoxy square profile are predicted. Two 
different case studies are carried out based on two 
different set temperatures of the heaters with varying 
pulling speeds from 10 cm/min to 60 cm/min. The 
spatial temperature and cure degree distributions are 
first obtained in the three dimensional (3D) thermo-
chemical analysis (Eularian frame). After obtaining 
the temperature and degree of cure distribution in 
3D, the process induced residual stresses and 
distortions in the transverse directions are evaluated 
in a 2D quasi-static mechanical analysis [14]. Using 
the proposed numerical model, the effects of the 
heating configuration and pulling speed on the 
process induced variations are investigated.   

 

2 Numerical Implementation 

2.1 Thermo-chemical Model 

In the 3D thermo-chemical simulation of the 
pultrusion process, the energy equations given in Eq. 
1 (for the composite part) and Eq. 2 (for the die) are 
solved.  
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where T is the temperature, t is the time, u is the 
pulling speed, ρ is the density, Cp is the specific 
heat and kx1, kx2 and kx3 are the thermal conductivities 
along x1, x2 and x3 directions, respectively. The 
subscriptions c and d correspond to composite and 
die, respectively. Lumped material properties are 
used and assumed to be constant. The internal heat 
generation (q) [W/m3] due to the exothermic 

reaction of the epoxy resin can be expressed as [7, 
14]: 
 
 [ ](1 ) ( )f r tr r eq V H Rρ α= −  (3) 

where Vf is the fiber volume fraction and Htr is the 
total heat of reaction, ρr is the density of epoxy 
resin, α is the degree of cure and [Rr(α)]e is the 
effective cure rate, i.e. dα/dt, expressed as 
 
  [ ]( ) exp( )(1 ) ( , )n

r oe
ER K f T

RT
α α α= − − ⋅  (4) 

where Ko is the pre-exponential constant, E is the 
activation energy, R is the universal gas constant and 
n is the order of reaction (kinetic exponent). Ko, E, 
Htr and n can be obtained by a curve fitting 
procedure applied to the experimental data evaluated 
using differential scanning calorimetry DSC [7]. 
f(α,T) is the diffusion factor which accounts for the 
glass transition effect defined as [13]: 
 

 
0

1( , )
1 exp[ ( ( ))]C CT

f T
C T

α
α α α

=
+ − +

 (5) 

where C is a diffusion constant, αC0 is the critical 
degree of cure at T = 0 K and αCT is a constant for 
the increase in critical α with T [13]. The relation of 
the effective resin kinetics equation can be expressed 
as [14] 
 

 [ ]
3

( )r eR u
t x
α αα∂ ∂
= −

∂ ∂
 (6) 

where it is the expression in Eq. 6 which is used in 
the numerical model. 
 
For the thermo-chemical simulation of the pultrusion 
process, the control volume based finite difference 
(CV/FD) method [1, 4, 5, 31] is used in order to 
obtain the temperature and degree of cure 
distributions. MATLAB [32] is used for the 
implementation of the CV/FD. The nonlinear 
internal heat generation (Eq. 3) together with the 
resin kinetics equation (Eq. 4) are coupled with the 
energy equation (Eq. 1) in an explicit manner in 
order to obtain a straightforward and fast numerical 
procedure. The degree of cure is subsequently 
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Table 1. Material Properties [7]. 

Material ρ (kg/m3) Cp (J/kg K)  
3xk  (W/m K) 

1xk , 2xk  (W/m K) 

Composite (Vf = 63.9%) 2090.7 797.27 0.9053 0.5592 

Die 7833 460 40 40 

 
 

Table 2. Epoxy Resin Kinetic Parameters [7, 14]. 

Htr [kJ/kg] K0 [1/s] E [kJ/mol] n C αC0 αCT [1/K] 

324 192000 60 1.69 30 -1.5 0.0055 
 

updated explicitly for each control volume using Eq. 
6 in its discretized form. 

2.2 Thermo-chemical-mechanical Model 

The effective mechanical properties of the 
composite are calculated by using the self consistent 
field micromechanics (SCFM) approach which is a 
well known technique in the literature [12, 14, 20]. 
For the instantaneous epoxy resin elastic modulus, 
the CHILE approach [13], which is a valid pseudo-
viscoelastic approximation of the linear 
viscoelasticity [30], is used. This approach includes 
the cure hardening and also thermal softening [13] 
and is suitable for the pultrusion process since the 
shorter process times in pultrusion, as compared to 
the composite manufacturing processes such as 
RTM, Vacuum Infusion, Autoclave, only further 
support the use of the linear elastic CHILE 
approach. The glass transition temperature (Tg) is 
calculated using the Di Benedetto equation [13, 14]. 
An incremental linear elastic approach is 
implemented utilizing user-subroutines in ABAQUS 
[33] for the calculation of the residual stresses and 
distortions as used in [12, 14, 15]. 

 

3 Thermo-chemical Analysis 

3.1 Problem description 

The 3D thermo-chemical simulation of the 
pultrusion of a square profile is carried out in a 
Eulerian frame. A UD glass/epoxy based composite 
and a steel die are used for the composite and the die 
block, respectively. Material properties and the resin 

kinetic parameters are listed in Table 1 and Table 2, 
respectively. The parameters used for the diffusion 
factor (Eq. 5) are given in Table 2. Only a quarter of 
the pultrusion domain, seen in Fig. 2, is modeled due 
to symmetry. At the symmetry surfaces adiabatic 
boundaries are defined in which no heat flow is 
allowed across the boundaries. The remaining 
exterior surfaces of the die are exposed to ambient 
temperature (27 oC) with a convective heat transfer 
coefficient of 10 W/(m2 K) except for the surfaces 
located at the heating regions. Similarly, at the post 
die region, convective boundaries are defined for the 
exterior surfaces of the pultruded profile. The length 
of the post die region (Lconv in Fig. 2) is determined 
to be approximately 13.7 m [14]. 

Two case studies are carried out based on the set 
temperature of the heaters which are given in Fig. 2. 
The set temperatures of the first case study (Case-1) 
are taken from [7] and for the second case (Case-2), 
the corresponding temperatures are taken from [6]. 
In each case study, six different pulling speeds, 10 
cm/min, 20 cm/min, 30 cm/min, 40 cm/min, 50 
cm/min and 60 cm/min, are used which indicates 
that the total pultrusion process time is 
approximately 146.4 min, 73.2 min, 48.8 min, 36.6 
min, 29.3 min and 24.4 min, respectively based on 
the total length of the pultruded profile which is 
taken approximately as 14.6 m in the simulation. 

3.2 Results 

The calculated temperature and degree of cure 
distributions at the interior region of the part (point 
A) are depicted in Fig. 3 for the two different heater 
configurations (Case-1 and Case-2 in Fig. 2) with 
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Fig. 2. Schematic view of the pultrusion domain. All dimensions are in mm. Not to scale. 

 
pulling speeds of 10, 30 and 50 cm/ min. It is seen 
that in general an increase in speed slows down the 
curing together with heating and cooling rates. A 
similar trend is also the case for the outer regions 
(e.g. point B). The corresponding temperature and 
cure degree values of point A and point B at the end 
of the process (at x3 ≈ 14.6 m) are shown in Fig. 4. 
As expected, the temperature values of the 
composite part at the end of the process increase 
because of the slower cooling rate and the degree of 
cure decrease owing to a slower curing rate with an 
increase in the pulling speed. For lower pulling 
speeds, higher degree of cure values are obtained at 
the end of the process in Case-2 as compared to the 
Case-1 due to the occurrence of the curing reaction 
under the third heater which has the highest set 
temperature of 200°C (Fig. 2). 

The maximum composite temperatures are given in 
Table 3 for Case-1 and Case-2. It is seen that the 
maximum temperature of the outer region (point B) 
in Case-2 is higher than the one in Case-1 for all the 
pulling speed values. For the inner region (point A), 
the maximum temperature in Case-2 is higher for 
pulling speed of 20 and 30 cm/min. This provides 

higher curing rates and hence, higher degree of cure 
values are obtained for pulling speeds of 20 and 30 
cm/min in Case-2 (Fig. 4) as compared to the Case-1 
even though the set temperatures of the first two 
heaters in Case-2 (105.5 °C and 148.5 °C) are much 
lower than the ones in Case-1 (171 °C and 188 °C). 
However, for higher speeds, the degree of cure 
values in Case-2 at the end of the process drop much 
faster as compared to Case-1 with an increase in the 
pulling speed. This shows that the relatively high set 
temperature of the last heater in Case-2 is not 
sufficient to cure the product as in Case-1 for pulling 
speeds greater than 30 cm/min.  

The variation of the maximal through thickness cure 
degree difference (∆αmax) during the process 
between points A and B is shown in Fig. 5. It is seen 
that ∆αmax begins decreasing after a pulling speed of 
30 cm/min for both cases due to the decrease in 
curing together with heating and cooling rates. As 
earlier mentioned, the through thickness cure degree 
gradients can result in non-uniform curing and hence 
the internal constraints arise [12].  
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Table 3. The maximum composite temperature values (°C) for different pulling speeds. 

 Case-1 Case-2 

Speed (cm/min) Point A Point B Point A Point B 

10 213.3 190.7 209.4 201.0 

20 216.7 191.9 222.1 199.6 

30 214.7 188.4 217.3 194.5 

40 206.7 182.9 204.8 190.5 

50 195.0 180.0 190.3 187.2 

 

 
Fig. 3. Temperature (top) and degree of cure 

(bottom) distributions at point A (center of the 
composite) for Case-1 and Case-2 with different 

pulling speeds. 

 

Fig.4. Temperature and degree of cure values for 
point A and point B at the end of the process. 

 

 
Fig.5. Variation of the maximum through thickness 
cure degree difference between points A and B for 

different pulling speed values. 
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4 Thermo-chemical-mechanical Analysis 

4.1 Problem description 

The evolution of the process induced strains and 
stresses in transverse directions are predicted using a 
2D plane-strain model. Since the cross sectional 
dimensions (0.0254 m) are much smaller than the 
total length of the pultruded profile (~14.6 m) in the 
pulling direction, a plane strain assumption is made 
for the residual stress analysis [14]. In this model, 
the cross section of the part is assumed to move 
along the pulling direction of the process while 
tracking the corresponding temperature and degree 
of cure profiles calculated in the 3D thermo-
chemical simulation. In other words, a 3D Eulerian 
thermo-chemical model is coupled with a 2D plane 
strain Lagrangian mechanical model (see Fig. 6) 
[14]. In this 2D model, a realistic mechanical contact 
formulation at the die-part interface, which allows 
separation of the composite from the rigid die 
surface due to the shrinkage of the part, is defined. 

 

 
Fig 6. Representation of the coupling of the 3D 
Eulerian thermo-chemical model with the 2D 

Langrangian plain-strain mechanical model [14]. 

 

The corresponding stresses, strains and 
displacements are calculated based on the 
temperature and the cure distributions together with 
the corresponding Tg of the cross section by using 
the quadratic plane-strain elements in ABAQUS.  

It should be noted that the resin CTE in rubbery state 
(Tg < T) is known to be approximately 2.5 times of 

the CTE in glassy state (Tg > T) [10, 26, 27]. The 
constants for the CHILE model and the Di 
Benedetto equation together with the mechanical 
properties of the epoxy resin and the fiber are taken 
from [14]. In the present study, the total volumetric 
shrinkage of the epoxy resin is assumed to be 6% 
[14]. 

4.2 Results 

The displacement evolutions of the point B (Fig. 2), 
which is dominated by the combination of the 
thermal expansion and the chemical shrinkage, in 
the x2-direction (U2) are depicted in Fig. 7. Note that 
the results should be seen together with the results 
obtained in the thermo-chemical analysis in Section 
3.2. It is seen from Fig. 7 that the separation between 
the part and the die at point B occurs only for the 
pulling speed of 10 cm/min and for higher speeds 
there is no separation observed at the interface. The 
locations of the glass transition (Tg) points are also 
indicated as triangular markers in Fig. 7. It is seen 
that Tg shifts along the pulling direction as the speed 
is increased. After Tg, the increase in magnitude of 
the displacement becomes smaller due to the change 
in CTE of the epoxy resin. The shift in Tg with an 
increase in the pulling speed provides a larger 
rubbery region (from beginning of the process to Tg) 
having a CTE of 2.5 times of the CTE in the glassy 
state. However, it should be born in mind that at the 
same time the curing and cooling rates decrease 
(Fig. 3). The final displacements for point B at the 
end of the process are shown in Fig. 8. It is seen that 
similar trend is obtained for the residual 
displacement (U2) at point B in both heater 
configurations (Case-1 and Case-2). The magnitude 
of the displacement increases up to 30 cm/min and 
starts decreasing after that speed due to the drop in 
curing and cooling rates (Fig. 3). 

 

 

 

 

 

ICCM19 6333



 

7  

THE IMPACT OF PROCESS PARAMETERS ON THE RESIDUAL STRESSES AND 
DISTORTIONS IN PULTRUSION 

  

 
Fig. 7. Displacement evolutions for point B in the x2-direction U2 (left). The corresponding zoomed plot 

of U2 for axial distance between 0-1.2 m (right). 

 

 
Fig. 8. The residual displacement values for point B 
(at the end of the process) in the x2-direction (U2). 

 

The evolution of the process induced transverse 
normal stresses in the x1-direction (S11) are shown 
in Fig. 9 and Fig. 10. A similar trend for the stress 
development during the process is obtained as in 
[14] such that tension stresses prevail at the inner 
region (point A) and compression stresses occur at 
the outer region (point B) while upholding the self 
static equilibrium in which there is no applied 
external load. It is seen that after Tg, there is a sharp 
drop in the stress levels for point A which is in 
tension (Fig. 9), on the other hand, a sharp increase 
in stress levels is observed after Tg for point B which 

is in compression (Fig. 10) because of the change in 
CTE of the epoxy resin. This affects the stress 
development such that the stresses are built-up with 
a slower rate as the speed increases. The variations 
in the stress levels around the Tg locations (drop in 
the tensile stress levels for point A and increase in 
the compression stress levels for point B) are owing 
to the non-uniform Tg distribution over the cross-
section such that at lower speeds, point B changes its 
state from rubbery to glassy first and for the higher 
speeds glass transition occurs first at point A which 
changes the behavior and the position of the internal 
constraint.   

For the second heater configuration (Case-2), 
relatively lower stress levels are obtained for pulling 
speed greater than 30 cm/min as compared to Case-1 
because the composite is cured and cooled down 
slower in Case-2 for higher speeds. This can be seen 
from Fig. 11 in which the residual stresses (S11) for 
point A and point B at the end of the process are 
depicted. It is seen that the stress levels start 
decreasing with a pulling speed greater than 20 
cm/min and 30cm/min for point A and point B, 
respectively. Since there is static equilibrium, the 
changes in the residual stress are in the opposite 
direction for point A and point B, e.g. if the tension 
stress level decreases for point A, the corresponding 
compression stress level for point B also decreases 
(Fig. 11). 
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Fig. 9. The transverse process induced stress (S11) 

development at point A with different pulling 
speeds. 

 

 

 
Fig. 10. The transverse process induced stress (S11) 

development at point B with different pulling 
speeds. 

 
Fig. 11. The transverse residual stress values (S11) 

at points A and B with different pulling speeds. 

 

The undeformed contour plots of S11 for Case-2 are 
depicted in Fig. 12 with a pulling speed of 20 
cm/min and 60 cm/min. It is seen that the pattern of 
the stress distribution varies with the pulling speed. 
The position of the maximum compression stress 
remains the same (i.e. point B), however the position 
of the maximum tension stress (originally at point 
A) moves towards point B. 

It should be noted that the characteristics of the 
process induced stresses and distortions highly 
depend on the competition between the cross 
sectional temperature, degree of cure and Tg 
developments together with the instantaneous 
stiffness evolution of the composite. 

 

5 Conclusions 

In this work, a 3D thermo-chemical analysis in 
Eularian frame was coupled with a 2D quasi-static 
mechanical analysis in a Lagrangian frame for the 
pultrusion process simulation of a UD glass/epoxy 
square profile (25.4 mm × 25.4 mm). In the 
mechanical analysis of the process, 2D quadratic 
plane strain elements were used for the calculation 
of the process induced stresses and distortions [14].  
The effects of the two different heater configurations 
(Case-1 and Case-2 in Fig. 2) with a varying pulling 
speed between 10-60 cm/min on the process induced 
variations were investigated. 
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Fig. 12. Undeformed contour plots of the residual stress at the end of the process for pulling speed of 20 

cm/min (a) and 60 cm/min (b). 

 
It was found that the pulling speed, which is one of 
the most significant process parameters, has a 
nonlinear effect on the residual stresses and 
distortions for different heater configurations. The 
possible reasons are the changes in the internal 
constraints, non-uniform cross sectional curing rates 
and glass transitions. The residual stress (Fig. 11) 
and distortion (Fig. 8) levels together with the 
maximal through thickness cure gradient (Fig. 5) in 
Case-1 were found to be relatively high as compared 
to Case-2 at the end of the process for pulling speeds 
greater than 30 cm/min. The cross sectional stress 
distribution is changed with an increase in the 
pulling speed (Fig .12) which shows that the internal 
dynamics are shifted towards the outer regions. 
Therefore, it is not trivial to obtain the optimum 
process parameters to get the desired manufacturing 
process conditions. 
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1 Introduction  

Due to its characteristic structure and excellent 

functional performance, buckypaper (BP), a 

self-supported carbon nanotube (CNT) network, is 

promising for many application domains for their 

excellent functional properties. However, their 

applications in structural materials have been 

hindered by the weak Van der Waals interaction at 

junction points. The Young’s modulus and tensile 

strength of conventionally produced random 

mulitwalled carbon nanotube (MWCNT) BPs have 

lied in 0.05-1.2GPa and 0.4-4.0MPa, which are far 

below that of individual nanotube [1-3].  

In recent years, many different methods were 

carried out to strengthen BPs. Air burning treatment 

can remove the residual surfactant in BP, but it also 

introduce defects to the nanotubes [4]. Electron 

irradiation has been demonstrated to be an effective 

technique to create strong and stiff covalent bonds 

between the adjacent CNTs and between the internal 

walls of MWCNTs, which lead to great 

improvements in the mechanical performance of BPs 

[5]. The CNT alignment degree also has profound 

impact on the mechanical properties of BPs, and the 

researches manifested that BPs fabricated by 

magnetic field process [4] or mechanical stretching 

methods perform superior mechanical properties than 

random CNT stacking BP [6]. Polymer intercalation 

is another effective method to enhance load transfer 

between nanotubes which is always obtained by 

soaking the BPs in polymer solutions [7]. Among 

these methods, the last method is the most 
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uncomplicated with little damage to the CNT 

structure. However, the polymer intercalation method 

can’t get rid of the negative effect of micromolecular 

surfactant, meanwhile the hard impregnation of 

polymer is the critical factor that restrain further 

enhancement for the BP mechanical performance. 

In this study, PVP replaced traditional 

micromolecular surfactant during the dispersion 

process for preparing MWCNT BP. The 

macromolecular structure of PVP was expected to 

enhance tube-tube interaction. The effects of 

tube-dispersant interaction and PVP content on 

tensile properties of obtained BPs were investigated. 

Additionally, three commercially functionalized 

CNTs were adopted to fabricate the corresponding 

BPs with aid of PVP. The presence of functional 

groups was expected to further enhance intertubular 

interaction through hydrogen bonding. The 

influences of functional group and CNT morphology 

on the mechanical performance of BPs were 

discussed in detail. 

2 Experimental   

2.1 Experiment Materials 

Pristine carbon nanotubes (Pri-CNTs) and three kinds 

of functionalized MWCNTs with carboxyl groups, 

hydroxyl groups and amino groups (referred as 

COOH-CNTs, OH-CNTs and NH2-CNTs, 

respectively) were fabricated and supplied by 

Chengdu Organic Chemicals Co., Ltd. These 

MWCNTs have the diameter about 20-30 nm with 

the length between 0.2 to 4μm, and the CNT content 

is larger than 95%. The dispersant PVP-k30 

(Molecular weight 40,000) and Triton X-100 were 

purchased from Beijing Yili Fine Chemical Co., Ltd. 

and Xilong Chemical Co., Ltd., respectively. The 

microporous membranes with a pore diameter of 

0.45μm were obtained from Hangzhou ANOW 

Microfiltration Co., Ltd. 

2.2 Preparation of MWCNT buckypapers 

The MWCNT buckypapers were prepared by 

vacuum filtration of aqueous CNT suspension. CNTs 

were ultrasonicated in deionized water for two hours 

with the aid of dispersants, i.e. Triton X-100 and PVP. 

The dispersed CNT solution was filtrated through a 

microporous membrane with positive pressure. The 

buckypaper fabricated with the aid of Triton X-100 

ICCM19 6339



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

was then rinsed by isopropyl alcohol to remove the 

surfactant. After drying at 80℃ for two hours in a 

vacuum oven, buckypaper could be easily peeled off 

from microporous membrane. 

2.3. Characterization 

Field emission scanning electron microscope 

(FESEM, CamScan-Apollo300) with the acceleration 

voltage of 15 kV was employed to characterize the 

surface and cross-section morphology of various 

buckypapers. Thermogravimetric analysis (TGA, 

STA449F3) was performed to evaluate the PVP 

content of buckypaper. XPS experiments were carried 

out with an ESCA-Lab220i-XL electron spectrometer 

provided by VG Scientific using 300W AlKα 

radiation. The binding energies were referenced to 

the C1s line at 284.8eV from adventitious carbon. 

Raman spectra were collected from samples using 

HR800Uv with a 785 nm laser source. Mechanical 

properties were performed using Instron 3344 with a 

tensile speed of 0.2 mm/min at room temperature. 

The tensile specimens were cut into rectangle shape 

(35×6 mm
2
) with a clamping distance of 15mm, and 

at least eight specimens were tested for each.  

3 Results and discussion  

3.1 Tensile properties of BP by PVP adhesion 

The typical surface images of PVP-BP and Trit 

X-BP are presented in Fig. 1. The surface image in 

Fig. 1a manifests relatively homogenous and loose 

CNT skeleton of PVP-BP. In addition, the surface 

image in Fig. 1b indicates that a CNT network 

formed by curly tubes for Trit X-BP, and the 

diameters of the individual CNT are much thinner 

than that of PVP-BP. The volume density of Trit 

X-BP is 0.53 g/cm
3
, approximately 1.7 times as that 

of PVP-BP. 

The typical tensile stress-strain curves are 

measured for the two kinds of buckypapers are 

presented in Fig. 1c. The BP samples show low 

fracture elongation, in the range of 0.5% to 0.6%. 

The tensile strength and modulus of PVP-BP are 

respectively 6.08 and 1430 MPa, 227% and 295% 

higher than those of Trit X-BP, even comparable to 

the tensile performance of SWCNT BPs. The data 

imply that the PVP-BPs with looser CNT stacking 

possess higher tensile performances than the 

conventionally Trit X-BP. We believe that, owing to 
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the high molecular weight and amphiphilicity of the 

PVP dispersant, the interfacial interaction between 

CNT and PVP plays a crucial role in improving the 

mechanical properties of the PVP-BP. Tallury [8] 

proposed that the flexible backbone polymer, like 

PVP, tends to wrap around the CNT by inter-chain 

coiling. The hydrophobic alkyl chain in Triton X-100 

can physically adsorb onto the tube surface and block 

direct contacts of inter-tubes. Due to the high 

molecular weight of PVP, the density of PVP-BP is 

smaller than Trit X-BP. However, the specific 

polymer wrapping coat tends to generate enhanced 

interactions of CNT-PVP, and the contact area of 

adjacent tube-tube conjunctions are simultaneously 

increases. Subsequently, the stronger interactions of 

CNT-PVP-CNT (due to polymer bonding effect) 

result in superior mechanical properties for PVP-BP. 

Further studies were conducted to analyze the 

influence of PVP content on the tensile properties of 

PVP-BPs. Three kinds of pristine BPs were prepared, 

i.e. PVP-BP, PVP-BP-1 and PVP-BP-5 with no rinse, 

one time rinse and five times rinse respectively. TGA 

was used to evaluate the PVP content in the three BPs. 

According to weight residue of CNTs and the BP at 

600℃, the weight fraction of PVP were estimated as 

in Eq. (1).  

 𝑤𝑓𝑝𝑣𝑝 =
𝑚𝐶𝑁𝑇−𝑚𝐵𝑃

𝑚𝐶𝑁𝑇−𝑚𝑃𝑉𝑃
             (1) 

Where mCNT, mBP and mPVP are the weight 

residue of carbon nanotubes, PVP-BP and PVP, 

respectively. 

The PVP-BP presents the highest content of PVP 

(29wt%).After one-time washing, the PVP content is 

reduced to 25wt% for PVP-BP-1, meanwhile the BP 

density slightly increases from 0.31 to 0.34 g/cm
3
. 

The tensile strength and Young’s modulus of PVP-BP 

are 6.08 MPa and 1.43 GPa, while those of 

PVP-BP-1 are 7.01 MPa and 1.81 GPa, increased by 

15.3% and 26.6% respectively, as shown in Fig. 2. 

The improvement of the BP tensile properties is 

ascribed to partial removal of PVP leading to the 

densification of CNT network. The PVP content is 

decreased to 23wt% for PVP-BP-5, simultaneously, 

the tensile strength is increased to 7.24 MPa but the 

modulus is reduced to 1.68 GPa (see Fig.2).  

The tensile fracture morphologies of the BPs 

with different PVP content are presented in Fig.3. 
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The CNT skeletons are complete impregnated by 

PVP and abundant resin-rich region and few CNT 

pull-outs in PVP-BP can be observed in Fig.3a. 

Mishra reported that the PVP film, with molecular 

weight of 40000, is 1.4 MPa in strength [9]. Hence, 

extra-high content of PVP is not conducive to obtain 

high property of the BP, e.g. PVP-BP without rinse. 

After one-time rinse, the mechanical properties of 

PVP-BP-1 are increased, and the morphology in 

Fig.3b indicates a mixed failure mode of CNT 

pull-out and polymer fracture. After five-time rinse, 

PVP-BP-5 reveals a unitary failure mode of CNT 

pull-out in Fig.3c, and resin-starve defects can be 

observed. This implies that appropriate content of 

PVP is favorable for improving the mechanical 

properties of BP, but excessive removal of PVP will 

decrease the contact area of inter-tubes weakening 

stress transfer efficiency within the CNT network. 

3.2 Tensile properties of functionalized BPs 

Three kinds of MWCNTs (COOH-CNTs, 

OH-CNTs and NH2-CNTs) were used to fabricate the 

functionalized BPs in comparison with the pristine 

BP. Firstly, chemical compositions of the CNTs were 

analyzed by XPS. The data in Table 1 show that C 

and O elements are detected in Pri-CNTs and 

functionalized CNTs, while N element can only be 

detected in NH2-CNTs, with the atomic content of 

1.44%. For all the CNTs, the O atomic contents are 

more than 5%, in which Pri-CNT shows the lowest 

value of 5.18% and COOH-CNT possess the highest 

of 7.53%. Subsequently, the deconvolutions of C 1s 

spectra were conducted to estimate the functionalities 

of the CNTs, as illustrated in Fig.4. Values of the 

binding energy and the percent contribution of each 

curve fit to the total C 1s are listed in Table 2. Carbon 

atoms conjunct with oxygen and nitrogen (including 

C-O, C-N, C=O, and O-C=O groups) are defined as 

activated carbon atoms, which can be achieved from 

the sum of peak 2 to peak 4. 

Pri-CNTs have the lowest content of activated 

carbon atom of 31.24%, and the functionalized CNTs 

possess higher content from 33.64 to 38.60% (seen in 

Table 2). According the data of the activated carbon 

atom, the functionalization degree of the CNTs is: 

Pri-CNT< COOH-CNT< OH-CNT< NH2-CNT. The 

types of functional groups can affect interactions of 
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CNT-water solvent and CNT-PVP dispersant, 

influencing dispersity and stability of the CNT 

aqueous suspensions, which will finally influence the 

stacking structure of the BPs [10].  

Three functionalized BPs were fabricated from 

COOH-CNTs, OH-CNTs and NH2-CNTs with the aid 

of PVP. Volume density and tensile properties of the 

BPs are summarized in Table 3. All types the BPs 

were rinsed by five times to eliminate superfluous 

PVP dispersant in the pores of the CNT network. The 

data in Table 3 show that the PVP content in 

COOH-BP is the lowest (21 wt%), while the content 

is highest (32 wt%) in NH2-BP and the contents in 

Pri-BP and OH-BP are moderate. Note that properties 

of Pri-BP are listed in Table 1(denoted as PVP-BP-5). 

For the volume densities of the four BPs, OH-BP has 

the highest volume density of 0.55 g/cm
3
 and the 

density of Pri-BP is the lowest (0.33 g/cm
3
). 

Furthermore, the ranking sequence of the tensile 

properties is quite similar to that of the volume 

density, both of which are: Pri-BP< NH2-BP< 

COOH-BP< OH-BP. This strongly demonstrates that 

the CNT stacking density plays a prominent role in 

determining the BP mechanical performance. The   

CNT functionalization can improve compatibility 

between the CNT and the aqueous solvent and 

interactions between the CNT and the PVP dispersant. 

Hence, tensile properties of the functionalized BPs 

are higher than Pri-BP. From a comparative point of 

view, acidified CNTs, e.g. OH-CNTs and 

COOH-CNTs, tend to form stronger BPs than those 

fabricated from alkalinized CNTs (i.e. NH2-CNTs).  

Specific tensile strength and modulus are always 

calculated for better comparison by taking into the 

account of the porosity of buckypaper and 

eliminating the density. As shown in Fig. 5, NH2-BP 

reveals the highest specific tensile strength of 

29.5×10
3
N•m/kg, then the value of OH-BP and 

COOH-BP is 27.7×10
3
N•m/kg and 23.1×10

3
N•m/kg, 

respectively. By contrast, Pri-BP possesses the lowest 

specific tensile strength. In general, the specific 

tensile strengths steadily increase with more activated 

carbon content of the MWCNTs in Fig.5. Hydrogen 

bonding can be formed between the –OH, –COOH 

and –NH2 with C=O in the PVP molecular enhancing 

the interfacial adhesive between functionalized 
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MWCNT and PVP. However, values of the specific 

modulus display no-significant trend with the 

activated carbon content of the MWCNTs, especially 

for NH2-BP. 

Conclusion 

PVP was used to fabricate enhanced BPs in the 

dispersion process, which is proved to be an effective 

dispersant to obtain homogeneous CNT skeleton. The 

morphological analysis indicates that the MWCNT 

diameter is considerably thickened due to the 

wrapping of PVP molecules on the CNT surface. For 

the increased interaction of CNT-PVP and contact 

area of tube-tube conjunctions, the tensile strength 

and modulus of PVP-BP are 227% and 295% higher 

than that of Trit X-BP. However, superabundant PVP 

is unfavorable for mechanical property improvement. 

Mechanical tests on pristine and functionalized BPs 

reveal that the latter possess higher tensile properties 

than the former. Moreover, acidified CNTs tend to 

form denser CNT skeletons and stronger BPs than 

those fabricated from alkalinized CNTs. The highest 

tensile properties are observed in OH-BP with tensile 

strength and modulus of 15.24 MPa and 3.22 GPa, 

respectively. The density normalized tensile results 

reveal that the specific tensile strengths of BPs 

steadily increased with the activated carbon content 

of MWCNTs, but the specific tensile moduli are 

rarely affected by the degree of functionalization.  
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Fig.1. Surface morphologies of BP fabricated with aid of (a) PVP and (b)Triton X-100; (c) Representative stress-strain 

curves from tensile tests of BPs with aid of Triton X-100 and PVP. 
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Fig.2 The mechanical properties of buckypaper fabricated with aid of Triton X-100 and PVP, respectively 

Fig.3. The cross-section morphologies of BPs with different PVP content: (a) PVP-BP; (b) PVP-BP-1; (c) PVP-BP-5. 

Table 1．The element composition of various MWCNTs 

Treatment C1s (%) O1s (%) N1s (%) 

Pri-CNTs 94.82 5.18 - 

COOH-CNTs 92.47 7.53 - 

OH-CNTs 94.09 5.91 - 

NH2-CNTs 93.13 5.43 1.44 
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Fig.4. Deconvolution of XPS C1s peaks for：a）Pri-CNTs；b）COOH-CNTs；c）OH-CNTs；d）NH2-CNTs 

Table 2.The element composition according the overall spectra and the C1s peak fitting results for different MWCNTs 

Sample 

C1s Peaks fitting and the relative area  

Peak1 %  

C-C 

(284.8eV) 

Peak2-4 % 

C-O (286.0eV), C-N (286.1eV);  

C=O (287.2eV); O-C=O (289.0eV) 

Peak5 % 

π-π
*
 

(291.0eV) 

Pri-CNT 63.05 31.24 5.71 

COOH-CNT 63.97  33.64 2.39 

OH-CNT 59.07  37.86 3.07  

NH2-CNT 57.97 38.60 3.43 
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Table 3. PVP content, volume density and tensile properties of different functionalized BPs, and the data of the 

corresponding Pri-BP are listed in table 1 and denoted as PVP-BP-5. 

Sample 

Structural parameters  Tensile properties 

PVP content  

(wt%) 

Density 

(g/cm
3
) 

 
σt (MPa) E (GPa) 

COOH-BP 21.4 0.49±0.03  11.32±1.12 2.67±0.07 

OH-BP 26.1 0.55±0.04  15.24±1.34 3.22±0.13 

NH2-BP 32.4 0.35±0.03  10.33±0.63 1.86±0.11 
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Fig.5 (a) Specific tensile strength vs. activated carbon content and (b) specific tensile modulus vs. activated carbon content, 

for different functionalized MWCNT BPs. 
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1 Introduction 

Research and technology projects on aircraft 
fuselage pursue the application of lightweight 
materials to endeavour improved structural 
efficiency. Especially thermoset fibre reinforced 
plastics (FRPs) comply with the designer’s need for 
excellent specific material properties. Structural 
designs applying such composite materials need to 
satisfy the authorities airworthiness code 
for ’equivalent level of safety’ [1]. 
Due to plastic deformation capacity of state-of-the- 
art metallic fuselage designs, those certification 
requirements are achieved almost naturally by the 
design’s intrinsic energy absorption capabilities. In 
contrast to metallic materials, thermoset FRPs 
exhibit brittle fracture behaviour when loaded 
beyond their elastic limits. Thus energy absorption 
by plastic deformation is unsatisfactory limited. 
Considering FRP physical properties, however, 
encourage alternative principles of energy 
absorption, such as friction.  
Generally, sliding friction is subject to minimisation 
as it causes energy loss and material loss [2]. In 
contrast, the purpose of energy absorption requires 
energy and material loss. In order to meet the 
demands the coefficient of friction needs to be 
sufficiently high to efficiently transform mechanical 
work into friction energy. 
When composite materials are investigated in 
friction applications, they are commonly paired with 
metallic surfaces [3]. Therein, the possibility to 
tailor the composite properties using special fillers 
with different volume fraction, shape, and size is of 
special interest [4]. 
However, few information is available about 
polymer-on-polymer friction. Bartenev and 
Lavrentev [5] present data showing the friction 

coefficient of a polymer-on-polymer pair being 
higher than for friction on metallic surfaces. For 
polyvinylchloride a coefficient of friction of 0.41 is 
presented. It was found that for rigid polymers, the 
friction coefficient depends upon the nature of the 
rigid surface. 
Currently, one publication is known to the authors 
covering textured epoxy resin surface in a 
tribological investigation. Schön [6] has explored 
reciprocal sliding for composite on composite 
contact in order to model bolted joints and predict 
the corresponding failure load. The initial coefficient 
of friction recorded was 0.65 and 0.74 after wear in.  
However, integrating energy absorption attributes 
based on sliding friction into carbon fibre reinforced 
plastic (CFRP) aircraft fuselage design requires 
knowledge about the governing mechanism. In order 
to determine important features of a feasible design, 
major influencing parameters such as the surface 
characteristic or surface contamination are in focus. 
Therefore the present paper investigates effects of 
texture and contamination by aircraft operating 
fluids on the sliding friction response of polymer 
surfaces. It specifically addresses epoxy resin 
surfaces of continuous fibre reinforced composite 
material [7] currently applied in aircraft industry. 
Peel-ply [8] was utilised to achieve characteristic 
surface texture. 
A pin-on-flat type test apparatus in compliance with 
ASTM D1894 [9] is employed determining the 
friction coefficient as a function of both, the initial 
surface texture and the contamination by three 
different aircraft operating fluids (e.g. de-icing fluids 
and engine oil). Special attention is drawn to the 
texture orientation of the resin surface as well as to 
the orientation of reinforcing fibres in the surface 
layer. 
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The pin-on-flat sliding friction results considering 
textured surfaces contaminated by aircraft operating 
fluids are novel in the field of polymer-on-polymer 
friction. 

2 Experimental Procedure 

In this section the specimen preparation, the pin-on-
flat test apparatus, and testing conditions are 
explained comprehensively. 

2.1 Specimen Preparation  

All specimens of the present contribution were made 
from HexPly®8552/35%/194/AS4 with a nominal 
cured ply thickness of 0.185 mm. The samples were 
manufactured from unidirectional prepreg material 
following the processing recommendations by the 
supplier [7]. For all specimens a (0/90/0)S stacking 
sequence was chosen. In order to avoid excessive 
warpage distortions, the authors complied with 
Stefaniak et al. [10] and Kappel et al. [11] in CFRP 
plate fabrication. This included for example the 
vacuum bagging as depicted in Fig. 1. 
 

 
Fig. 1. Vacuum bagging for sample manufacturing. 

 
Prior to use of the aluminium tool the surface was 
cleaned and degreased with acetone before applying 
the liquid release agent Chem-Trend Chemlease® for 
three times. 
The prepreg stacks were laminated by hand, 
applying the vacuum bagging arrangement 
illustrated, for autoclave curing. In the layup process 
each individual ply was aligned using a steel ruler 
and compacted with a hand roller. For the textured 
surface a polyamide fabric peel-ply 
HexForce®T0089 [8] was applied such that the warp 
direction aligned with surface layer fibre orientation.  
After demolding and peel-ply removal, the 
specimens were machine ground to circular shape 
using diamond grinding points with granulation D91. 
The machining parameters were set to 5 mm/s feed 

rate and 50,000 revolutions per minute. Fig. 2 
depicts the resulting edge quality. 
 

 
Fig. 2. Peel-ply textured surface and corresponding edge 

quality after machining. 
 
A circular specimen shape was selected in order to 
reduce edge effects during the experiments. In 
contrast to the use of a rectangular shape, the risk of 
specimen tilting around the foremost edge, was 
minimised. This is especially beneficial for data 
quality at the onset of sliding friction, where any 
elastic deformation in the test rig could otherwise 
enforce specimen tilting. 
 

 
Fig. 3. Peel-ply textured surface after cleaning procedure. 

 
The average surface area was determined as 
102.78 ± 1.26 mm² by microscopic measurement of 
ten random samples.  
Before testing, the surfaces were cleaned with 
acetone to remove grease and release agent residues 
from the manufacturing process. Additionally, 
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remaining debris was eliminated by blowing 
pressurised air across the surface. The surface purity 
was observed microscopically and is presented in 
Fig. 3 for the peel-ply textured specimens. 

 

2.2 Pin-on-flat Test Apparatus 

A pin-on-flat test apparatus was employed 
determining the friction coefficient. It is designed in 
compliance with [9] and is depicted in Fig. 4. 
The apparatus features two linear bearings (1) and a 
flat aluminium plate (3) resting on ball bearings (4). 
The slider (5) is designed such that both the 
specimen support (6) and additional weights (7) can 
be mounted. Its vertical axis is positioned using 
linear bearings (8).  
The flat circular composite specimens were glued 
with epoxy adhesive to a mounting device (9) which 
rested in the specimen support. The epoxy adhesive 
was selected such that its shear strength is well 
above the anticipated frictional force being 
transferred between the sliding surfaces. Attention 
was paid to generate a very thin and evenly 
distributed adhesive film before mounting the 
composite samples. Thus, in the initial setup the 
sliding surfaces are coplanar and a collinear 
displacement along the sliding distance was 
achieved. 
The slider is displaced using spindle drive (not 
shown) at 10 mm/s traversing velocity. The 
connection between the slider and the drive is 
equipped with a ball bearing and rubber elements. 
With the ball bearing in place, forces on the slider 
only act in displacement direction. The rubber 

elements are positioned to damp possible vibrations 
initiated by the drive. This turned out to improve 
data quality at the onset of sliding friction.  
Additionally, an electronic soft start device is 
implemented to allow for better data resolution when 
static friction is overcome.  
The aluminium plate carries a flat composite base 
plate which is positioned against a bed-stop and kept 
in place using mounting supports (10). Thus, 
displacement of the CFRP base plate relative to the 
aluminium plate is minimised for the duration of 
each run.  
The aluminium base plate is kept in place vertically 
by the ball bearings underneath and horizontally by 
bearings at both ends. At the far end (11) one of the 
bearings is attached to a spring such that the 
aluminium plate is restrained but not entirely 
clamped. At the near end, the base plate is directly 
attached via roller bearings to two load cells (2) 
measuring the frictional forces transmitted by sliding 
friction of the two substrates.  
In order to obtain displacement data a wire 
potentiometer (12) is attached to the specimen 
support. 
The sampling rate of the LabVIEW driven data 
acquisition is 70 Hz resulting in at least seven data 
points per mm sliding distance. Since a soft starting 
device is employed, there are more data points 
recorded at the beginning of each run. Hence, the 
data at the transition from static to kinetic friction is 
of higher resolution with respect to the sliding 
distance. 
The coefficient of friction ( ) was calculated 
according to Equation (1). The frictional force ( ) 

1    2    3    4    5    6            7    8    9    10    11    12 
 

Fig. 4. Side view of pin-on-flat test apparatus with sliding direction from right to left. 

ICCM19 6351



was derived using the load cell signals and the 
normal force ( ), which was kept constant 
throughout all runs. 

⁄  (1) 

The test setup and its components were examined 
for measurement errors carefully. Considering the 
prospective results on the sliding friction response, 
the load cells with accuracy class of 0.1 were 
determined the most erroneous member in the 
measurement chain. With respect to the forces 
actually obtained, the coefficient of friction values 
presented here are reliable up to the second digit 
after the decimal point. However, for the sake of 
clarity some figures contain coefficient of friction 
data up to the third digit after the decimal point. 

2.3 Testing Conditions 

The parameters examined in this study are 
summarised in Tab. 1. Those include the texture 
orientation and operating fluids. 
 

Tab. 1. Summary of examined parameters.  
Examined parameter Value 
Texture orientation 0° / 45° / 90° 
Operating fluids De-icing fluid, engine oil

 
All experiments were executed at similar climate 
conditions as outlined in Tab. 2. Prior to testing, all 
specimens have at least been conditioned for three 
days at those laboratory conditions. 
At the first stage, experiments with dry peel-ply 
textured surface samples were conducted. After 
reviewing the results, a configuration was selected to 
execute further tests incorporating aircraft operating 
fluids.  

 
Tab. 2. Summary of environmental and testing conditions. 
Factor Condition / Value 
Temperature 
Humidity 

17.5 - 23.3 °C 
16.8 - 42.4% 

Surface texture Textured 
Surface cleaning Acetone, pressurised air 
Debris No initial debris 
Lubrication Operating fluids 
Material 8552/AS4 
Contact area Circular, flat 
System kinetics Rigid linear guide 
Vibration No external vibration 

Traversing velocity 10 mm/s 
Normal force 127 N 

Measurement technique 
Load cells, wire 
potentiometer 

Test classification Pin-on-flat 
 

The normal force and consequently the contact 
pressure were kept constant for all executed runs.  

3 Results and Discussion  

All bar charts in this section are formatted to the 
following convention: solid bars denote mean values 
and error bars indicate +/- one standard deviation. 
Dashed horizontal lines represent mean values and 
shaded areas symbolise +/- two standard deviations 
across all data not being grouped in configurations. 
The configurations are specified with respect to the 
sliding direction. Whilst the first denotes the CFRP 
base plate orientation, the second indicates the 
CFRP sample orientation. 
In general, one type of response was observed. It is 
important to emphasise, as data analysis regarding 
the static coefficient of friction differs in 
consideration of the class of response [12]. 
Fig. 5 depicts the type of sliding friction response, 
where the static coefficient ( ) is higher compared 
to the kinetic coefficient of friction ( ). This 
response typically appeared for the samples with 
textured surface characteristic. The static friction 
coefficient was simple to determine, as it became 
evident by a sudden drop in the friction response.  
 

 
Fig. 5. Coefficient of friction along sliding distance for a 

0°-90° configuration textured surface specimens.  
 
The kinetic coefficient of friction was determined 
using an ordinary least squares method [13]. In 
particular, linear polynomial regression was applied. 
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3.1 Dry Surface 

The results of the dry textured surface specimens. 
For the configurations researched, the CFRP base 
plate was oriented in sliding direction. Consequently, 
the sample orientation was subject to variation. 
The coefficient of friction results for textured 
surface specimens with varying sample orientation 
are presented in Fig. 6. The static coefficient is 
significantly higher compared to the kinetic 
coefficient of friction.  
The coefficients of friction vary with the relative 
angle between base plate orientation and sample 
orientation. Yet, no clear trend can be observed. 
The 0°-0° configuration shows the highest mean 
value and at the same time the biggest deviation 
between individual results. As the error bar of this 
specific setup overlaps with the error bars of the 
other configurations, the variations between the 
individual configurations are considered as not 
significant.  
Therefore, the authors treated the data such that 
across all textured samples under dry sliding 
conditions the static coefficient of friction is 
determined as 0.60 ± 0.20. The corresponding 
kinetic coefficient of friction is 0.47 ± 0.06. 

 
Fig. 6. Static (light grey) and kinetic (grey) coefficient of 

friction for textured surface specimens with varying 
texture orientation.  

 
Wear was evident and measurable for the textured 
samples. The wear volume is calculated from the 
samples’ weight loss, considering the resin 
properties specified in [7].  

 
Fig. 7. Wear volume for textured surface specimens with 

varying texture orientation. 
 
For each sample the weighing was repeated for three 
times to respect statistical deviations. The results are 
depicted in Fig. 7. 
The wear volume did not vary considerably between 
the configurations investigated. Thus, it is 
determined across all specimens 0.63 ± 0.15 mm³. 
 

 
Fig. 8. Peel-ply textured surface of 0°-90° configuration 

after testing. Sliding direction horizontally. 
 

For the sliding conditions outlined, the governing 
wear mechanism affected the resin only. Fig. 8 
shows a peel-ply textured surface specimens of a  
0°-90° configuration after testing. The sliding 
direction was horizontally.  
It is evident that exposed resin accumulations were 
worn. During the sliding process debris was 
collected in the resin recesses which were formed by 
the peel-ply weave style. To the authors 
interpretation, debris are the white agglomerations 
next to the sections of worn surface. 
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3.2 Contaminated Surface 

Aircraft are operated with numerous fluids. Among 
many, two de-icing fluids (Kilfrost ABC K Plus, 
Kilfrost DF Plus) and one engine oil (BP Turbo Oil 
2380) were selected for the current study.  
For each run 1 ml of the respective fluid was evenly 
distributed on the CFRP base plate along the sliding 
distance using a brush. The circular samples were 
initially kept free of any contamination. 
Exemplary, the peel-ply textured surface with  
Kilfrost DF Plus contamination prior to testing is 
shown in Fig. 9. The textured surface was 
sufficiently covered by the fluid executing the 
application procedure outlined above. Only the 
exposed resin accumulations stood out. 
 

 
Fig. 9. Peel-ply textured surface with  Kilfrost DF Plus 

contamination prior to testing. 
 
After triggering the data acquisition, sample and 
base plate were put in contact. Thus, the static as 
well as the kinematic coefficient of friction were 
recorded under contamination conditions. 

3.2.1 De-Icing fluid 1 – Kilfrost ABC K Plus  
For Kilfrost ABC K Plus the sliding friction 
response is depicted in Fig. 10. The lubricating 
property becomes evident in the large drop between 
the static and the kinetic coefficient of friction.  
Fig. 11 depicts the peel-ply textured surface of the 
0°-90° configuration and Kilfrost ABC K Plus 
contamination after testing. 
Due to the lubricating effect of the fluid applied, the 
worn surface sections are narrower compared to dry 

friction setting. Only small debris agglomerations 
have formed during the test.  
 

Fig. 10. Coefficient of friction along sliding distance for a 
0°-90° configuration textured surface specimens and 

Kilfrost ABC K Plus contamination.  

 

 
Fig. 11. Peel-ply textured surface of 0°-90° configuration 

and Kilfrost ABC K Plus contamination after testing. 
Sliding direction horizontally. 

 
The static coefficient is determined as 0.54 ± 0.08 
and the corresponding kinetic coefficient of friction 
is 0.20 ± 0.01. The wear volume is 0.28 ± 0.13 mm³. 

3.2.2 De-Icing fluid 2 – Kilfrost DF Plus 
The sliding friction response for Kilfrost DF K Plus 
is depicted in Fig. 12. A lubricating property similar 
to de-icing fluid 1 is noticeable in the data shown. 
Although the difference in viscosity of both fluids is 
more than two orders of magnitude, the kinetic 
coefficient of friction was not affected. 
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Fig. 12. Coefficient of friction along sliding distance for a 

0°-90° configuration textured surface specimens and 
Kilfrost DF Plus contamination.  

 
The peel-ply textured surface of 0°-90° 
configuration and Kilfrost DF Plus contamination 
after testing is presented in Fig. 13. Albeit the 
sliding response is almost identical, the wear pattern 
is more obvious compared to the results of de-icing 
fluid 1. 
 

 
Fig. 13. Peel-ply textured surface of 0°-90° configuration 
and Kilfrost DF Plus contamination after testing. Sliding 

direction horizontally. 
 
However, Fig. 17 reveals large scatter in wear data 
obtained with de-icing fluid 2. Which indicates that 
any presented figure showing the wear pattern may 
not be perfectly  representative. Nevertheless, for the 
sake of complete coverage Fig. 13 is provided. 
The static coefficient of friction is 0.55 ± 0.03 and 
the corresponding kinetic coefficient of friction 
observed is 0.22 ± 0.01. The wear volume is 
0.39 ± 0.33 mm³. 

3.2.3 Engine oil – BP Turbo Oil 2380 
The sliding friction response for a textured surface 
contaminated with BP Turbo Oil 2380 is provided in 
Fig. 14.  
 

 
Fig. 14. Coefficient of friction along sliding distance for a 
0°-90° configuration textured surface specimens and BP 

Turbo Oil 2380 contamination.  
 

In general, the response is comparable to the 
previous operating fluids which were in essence 
water-based. With the current oil-based 
contamination, the lubricating effect on the static 
and kinetic coefficient of friction is slightly 
increased. Both values drop with respect to previous 
results. 
 

 
Fig. 15. Peel-ply textured surface of 0°-90° configuration 

and BP Turbo Oil 2380 contamination after testing. 
Sliding direction horizontally. 

 
In Fig. 15 the wear pattern after testing is shown. In 
contrast to the de-icing fluids, the oily contamination 
could not be removed after the test without further 
damage to the surface. Therefore, an oil film is still 
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present in the figure supplied. Consequently, wear 
debris is not clearly visible. Furthermore, any wear 
volume determination is without relevance. 
Hence, the static coefficient of friction is 0.52 ± 0.04. 
The corresponding kinetic coefficient of friction 
received is 0.19 ± 0.02, while the wear volume was 
not measureable. 

3.2.4 Comparison to Dry Surface 
The results of the measurements on textured samples 
with contamination by operating fluids are compared 
to the dry surface findings. All cases feature a 0°-90° 
configuration.  
Fig. 16 compares the static as well as the kinetic 
coefficients of friction. From the dry surface, via the 
water-based fluids, towards the oil-based 
contamination the static coefficient of friction 
decreases slightly but not significantly. Hence, for 
the investigated operating fluids there is no obvious 
decrease in the static coefficient of friction. 
In contrast, a significant impact is obvious on the 
kinetic coefficient of friction. In the presence of 
operating fluids the lubricating effect reduces the 
kinetic coefficient of friction to about 50% of the 
initial value.  
 

 
Fig. 16. Static (light grey) and kinetic (grey) coefficient of 

friction for textured surface specimens with varying 
surface contamination.  

 
Examining the wear volume depicted in Fig. 17, 
when measurable the mean wear volume was 
reduced for contaminated textured surfaces. This 
coincides with the reduction in the respective kinetic 
friction coefficient. 
 

 
Fig. 17. Wear volume for textured surface specimens with 

varying surface contamination. 
 
However, determining the wear rate for 
contaminated samples was not trivial, as the 
contamination could not be removed residue-free in 
any case. Therefore, a large deviation for de-icing 
fluid 2 was observed. Furthermore, the wear volume 
determination for the engine oil contamination is 
without any relevance. 

 
Tab. 3. Summary of coefficients of friction stating the 

mean value +/- two standard deviations. 
Surface 
state 

Contamination 
state 

  

All configurations 
Textured Dry 0.60 ± 0.20 0.47 ± 0.06

Only 0°-90° configuration 
Textured Dry 0.58 ± 0.07 0.46 ± 0.07
Textured De-icing 1 0.54 ± 0.08 0.20 ± 0.01
Textured De-icing 2 0.55 ± 0.03 0.22 ± 0.01
Textured Engine oil 0.52 ± 0.04 0.19 ± 0.02

 
Finally, Tab. 3 summarises the coefficients of 
friction acquired in this study. 

4 Conclusion 

This paper provides experimental data novel in the 
field of polymer-on-polymer friction. The 
pin-on-flat sliding friction results are presented for 
surface textured CFRP specimens with and without 
contamination by aircraft operating fluids. The 
findings are summarised as: 
 
1. Epoxy resin peel-ply textured surfaces under dry 

sliding conditions exhibit a static coefficient of 
friction of 0.60 ± 0.20, a kinetic coefficient of 
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friction of 0.47 ± 0.06, and a wear volume of 
0.63 ± 0.15 mm³.  

2. Contamination by aircraft operating fluids, such 
as de-icing fluids and engine oil, decreases the 
kinetic coefficient of friction to about 50% of 
the initial value. Due to the lubricating effect 
the wear volume is diminished. Specifying the 
wear volume reduction, however, was not trivial 
as the contamination could not be removed 
residue-free in any case. 
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1 General Introduction  

Due to the raised environmental awareness of the 

society and legal requirements concerning national 

emission ceilings the main focus of the automotive 

industry is the substitution of conventional materials 

like steel through weight optimized structures like 

fiber reinforced polymers. The high requirements 

and the need of continuously improved materials 

cannot be fulfilled only by the synthesis of new 

polymers or matrix-homogeneous composites. An 

alternative to that issue is the mixture of two or more 

composite material partners based on polymers with 

the aim to increase the mechanical properties 

combined with an overall weight reduction. The 

main element of this study is the build-up of hybrid 

structures by combining two different lightweight 

production methods in order to locally reinforce a 

semi-finished part. On the one hand the latter is 

produced by stamp forming process of a 

bidirectional endless fiber reinforced PP-GF sheet 

material, on the other hand the local unidirectional 

endless tape reinforcements are applied by use of 

thermoplastic in-situ tape laying process (TTL) [1].  

Based on the interest of the automotive industry to 

produce cars with lightweight properties and to 

integrate PP-GF organic sheets (OS), type TEPEX 

dynalite® 104-RG600(4) (PP), with a fiber volume 

content of 47 %, supplied from Bond Laminates, are 

used as base material for this study. Unidirectional 

tapes from Ticona type CELSTRAN CFR-TP PP-

GF, with a width of 12 mm, are used as local 

reinforcements (Tab 1). 

The specimens build of organic sheet plus tapes are 

produced on the one hand by use of a 7 axis robotic 

thermoplastic tape placement system (Fig. 1). As a 

heat source a hot gas torch with a mixture of H2, O2 

and air is used to heat up the incoming tapes and the 

substrate. On the other hand in order to produce 

reference specimens an autoclave is used. 

2 Objectives 

The critical element concerning the mechanical 

properties of the realized hybrid structure is the 

interface zone between tape and organic sheet which 

needs detailed investigation. For optimizing this 

interface and the quality of the resulting hybrid 

structures based on the combination of stamp 

forming and thermoplastic in-situ tape placement 

process, the parameters tape placement velocity (vtpl) 

as well as hot gas volume flow ( ̇) are determined in 

an analytical and experimental way.  

The specimens are examined among others by 

Double-Cantilever Beam (DCB) test according to 

ASTM D 5258 in order to determine the energy 

release rate GIc, which is an indicator for the quality 

of the bonding behavior. In addition the results are 

compared to samples that are produced using the 

autoclave which offers optimal conditions for the 

time-dependent polymer diffusion at the interface. 

Detailed investigations of the molecular phenomena 

that take place within the contact zone are performed 

by microscopic cross sectional analyses as well as 

3D computed micro-tomography. Differential 

Scanning Calorimetry and Thermogravimetric 

analysis (TGA) are processed to determine the 

relationship between crystallinity and the energy 

release rate. Furthermore, microindention hardness 

tests were performed.  

3 Results and Discussion 

It is known that an optimal configuration of process 

parameters has a linear dependency between tape 

placement velocity and thermal input, i.e. hot gas 

volume flow.[2]  

In order to determine the optimal process parameters 

for the tape placement process the interface behavior 

between tape and organic sheet is examined by 

performing Double-Cantilever Beam tests according 
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to ASTM D5528. Usually, DCB tests are used to 

determine the resistance of a material against 

interlaminar crack propagation [3] which for 

example may occur in the interface between two 

materials. In [4] symmetric specimens are required 

which means that the separating foil shall be 

arranged in the center plane of the laminate between 

organic sheet and tape. For an organic sheet with a 

thickness of 2 mm there are 8 tape plies required for 

a symmetric system. Since the Young’s modulus E1 

of the tape is much higher than the modulus of the 

organic sheet, the tape is much more rigid and bend-

proof. A symmetric build-up leads to bend and break 

of the organic sheet before the delamination starts 

(Fig. 2).  

On this account specimens were produced with a 

symmetric system concerning the bending stiffness 

according to equation 1.  

           
 (1) 

Ex is the Young’s modulus of tape (T) and organic 

sheet (OS), Ix is the bending stiffness of T and OS, 

which can be calculated as 

    
  

   

  
 (2) 

where hx is the thickness of T and OS, and b is the 

width of the specimen. The ideal amount of tape 

plies according to equation 1 is 6.5 layers, whereas 

to simplify the matters an amount of 6 tape plies is 

used for the DCB specimens.  

For the investigation of the influence of the thermal 

energy on the quality of the in-situ tape placement 

process different production methods are used for 

the build-up of the hybrid structure which differ in 

the placement velocity. In addition, one hybrid 

structure is produced using the autoclave. The 

process parameters are summarized in Tab 2.  

It can be observed that a combination of 6 Nl/min 

hot gas flow and 6 m/min velocity are the optimal 

process parameters. Specimens produced within this 

process window show an energy release rate that is 

twice as high as the energy release rate of specimens 

that are produced using the autoclave (Fig. 3).  

This phenomenon occurs although the in-situ tape 

placement process is characterized by a very fast 

consolidation step which does not provide optimal 

conditions for polymer diffusion at the interface. A 

1000x enlargement of the interface made in the 

scanning electron microscope shows plastic 

deformation of the PP in the interface which is also 

an indication for very good interface bonding 

between the hybrid partners (Fig. 4). 

In order to predict interface properties depending on 

the process parameters of the in-situ tape placement 

process there is a need for a better understanding of 

the complex thermal processes. 

For the calculation of the optimal conditions for the 

hot gas volume flow Differential Scanning 

Calorimetry (DSC) analyses are performed to 

determine the thermal capacity of tape and organic 

sheet (Fig. 5). 

The thermal capacity curve is divided for the 

calculation into 1619 segments of approximately 

0.15 °C in near-linear regions between two 

temperatures to obtain an average of the 

temperature-dependent heat capacity for each area. 

The optimal conditions for the hot gas volume flow 

are calculated by means of thermal output  ̇  

according to equation (3), where    is the density, 

   is the velocity,    is the width,    is the 

thickness, and    is the isobaric thermal capacity of 

the tapes .[2] 

 ̇  ∑  ̇           ∑             

    

   

    

   

 (3) 

Fig. 6 shows the calculated thermal output in 

dependency of tape placement velocity that is 

needed to heat up the tape at 275°C. 

It can be seen that a higher tape placement velocity 

requires a higher heat flow. The heat flow depends 

on the heat capacity of the hot gas torch, and the 

volume flow of the combustion gas, which is a 

hydrogen-oxygen mixture (ratio 9:1). In a first step 

the flame temperature    is calculated according to 

equation (4), where    are the respective exhaust 

gas enthalpies according to [5], assuming that the 

exhaust gas components will not dissociate under 

high temperature. The value of    is 2511 °C. 

        
(           

   )     

       

           (4) 

A method to determine the flame temperature taking 

into account the dissociation is the calculation of the 

exhaust gas enthalpy ha according to equation (5), 

where      is the moist exhaust gas, which consists 
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of the water gas and N2 from the atmosphere, 

combined with a graphical method for determination 

of the exhaust gas temperature in Fig. 7. [5] 

    
            

    
 (5) 

  

Thereby, the specific temperature is independent 

from the hot gas flow and amounts to 2360 °C. 

Considering the fact that a combination of 6 Nl/min 

hot gas flow and 6 m/min velocity leads to the best 

interface results, it can be assumed that the tape with 

the usage of these process parameters is actually 

heated up to an ideal temperature where the matrix is 

in the molten state, but the degradation  

(Tdeg ≈ 300 °C [6]) does not start. For PP this 

temperature is approx. 275 °C. With regard to the 

thermal output it can be calculated that only 1.81 % 

of the thermal power reaches the tape. On this basis, 

a realistic prediction of the correlation between 

velocity, gas flow, and interface quality can be made 

and summarized in a 3D chart. In Fig. 8 these 

optimal process configurations are presented in 

accordance to GIc. 

The very high energy release rate, which is 

representative for a very good interface behavior of 

the specimens produced using the in-situ tape 

placement process, is directly influenced by 3 

phenomena.  

3.1 Influence on the zone of plastic deformation 

through fiber migration in the interface 

Within the autoclave process all matrix material is in 

molten state, which allows an optimal condition for 

the interaction between the polymer chains and thus, 

polymer diffusion. Due to the fact that all matrix 

material is in molten state, the reinforcing fibers are 

able to diffuse in the interface, too. An explicit and 

well-defined polymer interface without fibers is not 

recognizable compared to the specimens that are 

processed by in-situ tape placement process (TTL) 

as shown in microscopic cross sectional analysis 

(Fig. 9 and Fig. 10). 

The before mentioned was approved by use of 3D 

computed micro-tomography system (brand: 

Phoenix x-ray systems + services GmbH) and 

visualized with Volume Graphics Studio Max. 

Regarding the sample produced by use of TTL a 

characteristic, well-defined polypropylene interface 

zone between the organic sheet and the tapes could 

be detected through the entire specimen (Fig. 11, 

yellow: polymer interface zone).  

In contrast the specimen processed in the autoclave 

shows no well-defined polymer interface zone 

between OS and tape. (Fig. 12) 

The interface that consists of pure polymer (PP) in 

the case of the tape placement process offers a much 

more ductile behavior, compared to the interface that 

is interspersed with fibers. In the case of fracture-

mechanical analysis (DCB, mode I) the fibers affect 

the fracture propagation in the contact zone (Fig. 

13), consequently the specimens produced in the 

autoclave show a brittle crack characteristic 

behavior and are therefore characterized by a lower 

value of GIc [3].  

3.2 Crystallite structure 

With respect to the before-mentioned conditions the 

two production methods offer totally different 

conditions for the formation of the crystallite 

structure. In order to determine the degree of 

crystallinity in a first step a thermogravimetric 

analysis were performed with the specimens 

produced in the autoclave and by TTL as well as the 

raw materials on a Mettler-Toledo TGA. Tab 3 

shows the results of the TGA concerning the matrix 

net weight that is needed for further processing.  

In a further step the melting enthalpy was 

determined by Differential Scanning Calorimetry 

analysis (Fig. 14) with a DSC from Mettler-Toledo. 

As heating and cooling rate 10 K/min was chosen.  

The relative melting enthalpy (   ) of the raw 

materials as well as the relative melting enthalpy 

from the specimens produced either by autoclave or 

TTL were calculated and have values as shown 

below: 

         = 106.21 J/g 

                  = 85.07 J/g 

              = 96.77 J/g 

        = 88.41 J/g 
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The degree of crystallinity (  ) was calculated 

according to equation 6, where         is the 

melting enthalpy of a full-crystalline polypropylene 

given by the literature (        = 209 kg/kJ).[7] 

   
   

       

 
(6) 

It could be shown that the polymer of the specimens 

processed in the autoclave offers a higher value of 

crystallinity compared to the specimens produced 

with in-situ tape placement process: 

           = 46.3 % 

     = 42.3 % 

This can be explained due to the fact that the matrix 

is comparably long time in molten state while 

processing in the autoclave. While processing by 

thermoplastic in-situ tape placement process the 

material partners are only melted in the nip-point at 

the contact zone in a locally - both temporally and 

regionally - restricted area and are consolidated 

instantly after passing over. Through the limited 

time the crystallites cannot grow in a sufficient way 

and the interface zone is more ductile and 

characterized by a higher value of GIc. 

The ductility of the specimens at the interface is 

approved by microhardness testing (brand: 

Shimadzu). The specimens are consequently loaded 

up to 50 mN and the depth of indentation is 

measured. Thus, the dynamic hardness (Martens 

hardness) can be calculated. As indentor a Vickers 

diamond is used. The before mentioned can be seen 

as confirmed although the sampled data show large 

standard deviation: the specimens produced by TTL 

show a more ductile behavior (Fig. 15). 

3.3 Molecular stretching and relaxation 

If two polymers are in their molten state and they are 

brought together into intimate contact, which leads 

to an absorption of the macromolecules, a diffusion 

of the macromolecules through the interface of the 

two polymers emerges. The resulting adhesive 

strength is determined by various aspects and the 

total adhesive strength   is the sum of the contact 

adhesive strength         , the diffusion adhesive 

strength           , and the deformation/relaxation 

adhesive strength            (equation 7) [9].  

                                
 

(7) 

Since thermoplastic polymers do not possess 

inherent tack, the contact adhesive strength can be 

neglected in this case.  

The diffusion adhesive strength is a time dependent 

process, which can be mathematically described as 

follows in equation 8  

             (
 

  
)

 
 

 (8) 

whereas   is the diffusion time,    is the time after 

the molecule completely escaped through the 

interface, the so-called reptation time, and    is the 

strength of the interface after an infinitely long 

period, that is the basic material strength (in this 

case PP) [9]. The interdiffusion of the polymer 

chains at the interface can be depicted as in Fig. 16. 

[9], [10] For clarity only one side of the interface is 

shown.  

At the time t0 the polymers are brought into intimate 

contact. The randomly oriented end segments of the 

polymer chains which are shown as points are 

beginning to escape from their old position. At the 

time t1 a larger part of the chain escapes from its 

position and is able to diffuse through the interface, 

whereas x describes the average penetration distance 

of the polymer chains at one side of the interface. 

After a longer period of time (t2) the penetration 

distance and hence the interface thickness becomes 

larger. The maximum obtainable interface thickness 

is     and can be reached at     .  

Since the contact time of the most joining processes 

is not long enough in order to achieve a sufficient 

reptation time    and actually, the contact time 

during the tape placement process is very short, the 

adhesive strength is also determined by another 

effect, the so-called deformation and relaxation of 

the polymer chains. During joining the long 

polypropylene molecules at the interface are 

stretched due to the elongational flow of the PP 

melt. Afterwards, the chains relax and a process of 

polymer chain entanglement appears at the interface 

(Fig. 17). [9] 

This effect is much faster than the diffusion of the 

polymer chains, whereas the relaxation time of the 
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chains    is determined by the viscosity   and the 

creep compliance   of the polymer melt (equation 9). 

       (9) 

It is assumed that during the in-situ tape placement 

process the bonding strength between the material 

partners is not mainly caused by polymer diffusion 

at the interface, but due to very fast molecule 

stretching and relaxation phenomena. The contact 

zone that results from the in-situ tape placement 

process can be attributed to deformation/relaxation 

bonding strength, because the molecules are 

stretched by the pressure of the consolidation role in 

one direction and are relaxed during cooling. This 

leads to an entanglement of the molecular polymer 

chains. In contrast, a component manufactured in the 

autoclave can be attributed to diffusion bonding 

strength. The molecules are not stretched in this 

case, but the bonding behavior can be assigned to 

autohesion and adhesion phenomena [11]. 

4 Conclusion 

The influence of the production method for 

application of local reinforcements on polymer 

based thermoplastic organic sheets by in-situ tape 

placement process compared to the autoclave 

process was examined. Optimal process parameters 

concerning the hot gas volume flow and the 

placement velocity for TTL process were 

determined in an analytical way. Direct influence of 

the process parameters as well as of the production 

method on the interface behaviour and thus, on the 

energy release rate G1c of the two material partners 

could be determined. 

It has been shown that the TTL process is suitable 

for the build-up of locally reinforced structures with 

a well defined polypropylene interface zone between 

the two material partners. Despite the very short 

processing time the mechanical behaviour of the 

interface (fracture propagation), which can be 

quantified by DCB mode I (GIc value), is much 

better than the interface of the specimens processed 

in the autoclave, although this process offers optimal 

conditions for molecular interfacial diffusion. The 

reasons were discussed within this work.  

It has been shown that on the one hand these 

phenomena correlate directly with the crystallization 

rate of the specimens, which is also influenced by 

the production method. On the other hand the TTL 

process offers a much more ductile behavior at the 

interface due to the non-presence of fibers in the 

interface zone. Furthermore, the adhesive strength of 

the interface partners is caused by molecular 

stretching and relaxation phenomena at the PP/PP 

interface, which provides a higher GIc value than the 

time dependent diffusion process which occurs in 

the autoclave process.  
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Tab 2 Process parameters 

 

Tab 3 TGA results 

 

 

 

Fig. 1 Tape placement head with locally reinforced 

structure  

 

 

Fig. 2 Kink of OS with symmetrical laminate 

TEPEX dynalite 104-RG600 (4) (OS)

Longitudinal Transverse

Fibers

Fabric

Area weight g/m²

Yarn tex 1200 1200

Weight rate % 50 50
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Tape-
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PP_GF_646 PP_GF_666 PP_GF_686

Hotgas-

volumeflow
6 [Nl/min] 6 [Nl/min] 6 [Nl/min]

Placement 

velocity
4 [m/min] 6 [m/min] 8 [m/min]

Consolidation

pressure
4,5 [bar] 4,5 [bar] 4,5 [bar]

Compaction 

roller

temperature

40 [°C] 40 [°C] 40 [°C]

Autoclave Temperature Pressure Time

PP_GF_AK6 190 [°C] 24 [bar] 20 [min]

Autoclave TTL

Start: 33.19 C Start: 32.18 C

Weight Loss: -3.368 mg Weight Loss: -4.448 mg

-19.509 % -32.148 %

Tape Organic sheet

Start: 44.50 C Start: 32.77 C

Weight Loss: -1.011 mg Weight Loss: -2.249 mg

-23.093 % -24.791 %

Tape 

Organic  

sheet 
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Fig. 3 Energy release rates  

 

 

Fig. 4 1000x magnification of OS interface 

 

 

Fig. 5 Thermal capacity of tape and organic sheet 

 

Fig. 6 Calculated thermal output in dependency of 

tape placement velocity 

 

Fig. 7 ha–t–diagram for calculation of flame 

temperature 

 

Fig. 8 Optimal process parameters 

Plastic PP 

deformation 

ICCM19 6364



 

Fig. 9 Microscopic cross sectional view of specimen 

produced with TTL 

 

Fig. 10 Microscopic cross sectional view of 

specimen produced with autoclave 

 

Fig. 11 3D Computed micro tomographical view of 

locally reinforced specimen (TTL) 

 

Fig. 12 3D Computed micro tomographical view of 

locally reinforced specimen (autoclave) 

 

Fig. 13 Impact on the plastic zone at the crack tip 

 

Fig. 14 Differential Scanning Calorimetry analysis 
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Fig. 15 Martens hardness 

 

Fig. 16 Diffusion process at the interface [10] 

 

Fig. 17 Molecular stretching and relaxation at a 

PP/PP interface 
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ABSTRACT  

In this study composites were produced using 

extrusion followed by injection molding of oil 

palm empty fruit bunch (EFB) fibers with 

poly(lactic acid).  The fiber content was 

optimized. The optimized EFB fibers were 

subjected in ultrasound with water and in alkali 

solution with and without ultrasound treatment. 
Raw oil palm empty fruit bunch (REFB), alkali 

treated EFB (AEFB), ultrasound treated EFB 

(UEFB) and simultaneous ultrasound-alkali treated 

EFB (UAEFB) short fibers were incorporated in 

poly(lactic acid) (PLA) for fabricating bio-

composites. The alkali solution concentration, 

soaking time and treatment temperature for treating 

EFB fibers were 3 wt%, 60 min and 80°C, 

respectively. Then, raw EFB fibers-PLA (REPC), 

AEFB fibers-PLA (AEPC), UEFB fibers-PLA 

(UEPC) and UAEFB fibers-PLA composites 

(UAEPC) were prepared and characterized. The 

observed increase in glass transition temperature, 

crystal melting temperature, decomposition 

temperature and mechanical properties as well as 

decrease in crystallization temperature of UAEPC, 

AEPC and UEPC from REPC has been explained by 

the increase in crystallinity and interfacial adhesion 

between treated fibers and PLA. Among all samples, 

UAEPC shows better performances than other 

samples. Scanning electron microscopy, Fourier 

transform infrared spectroscopy and differential 

scanning calorimetry  analysis well support all the 

observed results. 

1. INTRODUCTION 

Biocomposites which are composed of natural fiber 

(such as Jute, Kenaf, Hemp, EFB etc.) and polymer 

have captured significant research interest owing to 

their advantages like light-weight, low-cost, 

availability, reproducibility, biodegradability and 

environmentally friendly characteristics over 

glass/carbon fibers, natural fibers have attracted 

increased attentions as suitable reinforcements in 

petroleum-based thermoplastics [1]. The reinforced 

thermoplastics are used as potential composite 

materials for applications in automotive, 

construction and building industries [2]. Despite 

huge markets of petroleum based thermoplastic 

composites, researchers are trying to reduce the 

consumption of feedstock energy and seek the 

alternative renewable resources for fabricating 

composite materials considering the clean 

environment. To alleviate the use of fossil-fuel 

derived thermoplastics, bio-based plastic like poly 

(lactic acid) (PLA), due to its ease of processes 

ability and eco-friendly behavior, has emerged as a 

promising candidate in composite manufacturing 

[3]. On the other hand, oil palm empty fruit bunch 

(EFB) fiber among other natural fibers is a readily 

obtainable fiber in some countries in the world, 

wasted in the premise of palm oil industries [4]. This 

trash of EFB fiber is polluting the environment and 

makes a threat to the human life. If these EFB fibers 

can be used in reinforcing bioplastics, their 

disposable problem not only can be resolved but also 

their use can be extended.   

It is notable that the application of PLA is restricted 

due to its relatively low toughness [5], which needs 

to be improved for its wider applications. Material 

toughness is generally related to its crystallinity that 

can be changed by incorporating nucleating agents 

into it [6]. In this respect, EFB fiber can play an 

important role, because both PLA and EFB fibers 

have the affinity to make hydrogen/covalent bonds 

after melt processing [7, 8] and this tendency can 

induce the crystallinity in PLA more than other 

nucleating agents. However, the inherent drawbacks 
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of EFB fibers, such as high moisture absorption, low 

thermal stability and poor incompatibility with 

polymer matrix, can adversely affect the interaction 

between the fiber and PLA [7]. To overcome these 

limitations, alkaline treatment, heat treatment, 

acetylation, coupling agent treatment, etc. of fibers 

were proposed [9]. Of these techniques, alkali 

treatment is a practical approach, leading to the 

increase in the availability of reactive hydroxyl 

groups (−OH) on the fiber surface for chemical 

bonding [10]. A notable other method, not 

frequently employed for modifying EFB fiber 

surface, is the ultrasound treatment [8], which can 

also increase the free –OH groups on fiber surface. 

Using the ultrasonic method, a few natural fibers 

other than EFB fiber have been treated to reinforce 

PLA [8, 11, 12], while published works on alkali 

treated natural fibers for composites are plenty. 

Therefore, we have been emphasized to develop 

methods by using the ultrasonic treatment under 

both water and alkaline medium for modifying EFB 

fibers in order to compare its effectiveness in 

exposing –OH groups on the fiber surface. Through 

this way, we expect EFB fibers to make more 

compatible with PLA. In the present study, we will 

report the enhancement of compatibility between 

EFB fibers and PLA by differently treated fibers and 

examine the effect on mechanical, thermal, 

morphological, structural and crystalline properties 

of PLA by them, as revealed by scanning electron 

microscopy (SEM), Fourier transform infrared 

(FTIR) spectroscopy and differential scanning 

calorimetry (DSC) study. 

2. EXPERIMENTAL 

2.1 Materials 

PLA thermoplastic was collected from Nature 

Works
® 

PLA, 2002D, USA. Oil palm EFB fibers 

were obtained from FELDA Palm Oil Refinery, 

Pahang, Malaysia. Sodium hydroxide (NaOH) and 

acetic acid were purchased from Merck, Germany.  

2.2 Fibers treatment and composites fabrication  

Raw EFB fibers contained several impurities such as 

sand, mud, palm fruit, palm seed, seed grains, seed 

shell etc., which were washed out with water-flow. 

The washed EFB fibers were dried under sun light 

and then chopped into short fiber in random size of 5 

-10 mm. During composites fabrication, 10, 20, 30, 

and 40 wt% fibers were extruded with PLA by a 

twin screw extruder (Thermo Scientific Prism 

Eurolab-16, Germany) at 190⁰C temperature. The 

extrudates were pelletized and dried at 80
⁰
C for 

overnight. Tests samples were prepared by injection 

molding machine of Germany, BOY15-S, with 

190⁰C processing temperature. The maximum 

values of mechanical properties were obtained for 

composites considered as the optimum fiber contents 

in the present study. 

These optimized EFB fibers were separately 

subjected to treatments in alkali medium and by 

ultrasound in both water and alkali medium using a 

Daihan Ultrasonic bath. The fiber treatments were 

conducted at 3 wt% NaOH solution, 60 minutes 

exposure time and 80°C treatment temperatures with 

and without ultrasound, maintaining a weight ratio 

for EFB fiber to solution of 1:10.  After completing 

treatments, fibers were washed thoroughly with 

water-flow to remove alkali solution from the fiber 

surface and subsequently neutralized to p
H
 7 with a 

few drops of acetic acid solution and then dried in an 

oven.  Four types of EFB fibers used in this study 

were raw EFB (REFB), alkali-treated EFB (AEFB), 

ultrasound-treated EFB (UEFB) and simultaneous 

ultrasound-alkali treated EFB (UAEFB) fibers. 

Then, REFB, AEFB, UEFB and UAEFB fibers were 

first extrusion molded and then injection molded 

with PLA at 190°C to prepare the final composites, 

such as REPC, AEPC, UEPC and UAEPC 

respectively.  

2.3 Tensile testing of composites 

Tensile testing of composites was carried out in 

accordance with ASTM 638-08, using a Shimadzu 

(Model: AG-1) Universal tensile testing machine 

built-in a 5 kN load cell operated at a cross-head 

speed of 10 mm/min. Five replicates were evaluated 

for each type of samples for tensile strength (TS) and 

tensile modulus (TM) measurements, keeping 65 

mm as the gauge length.  

2.4 Impact testing 

Impact testing was carried out according to the EN 

ISO 179 standard by a Ray-Ran Pendulum Charpy 

Impact System. The impact velocity was 2.9 m/s and 

the hammer weight was 0.475 kg for this test. 

Dimensions of the samples were 80 mm × 8 mm × 

3.5 mm with a single notch of 0.25 mm. Five 

replicates were evaluated for each type of samples to 

obtain the impact strength (IS). 
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2.5 Fourier transformed infrared spectroscopy  

Chemical textures of composites with untreated and 

treated fibers were detected by a Nicolet 6700 FT-IR 

spectrometer, Thermo Scientific, Germany. 

Fouriertransformation infrared (FTIR) spectroscopy 

was performed using the standard KBr pellet 

technique in the wave number range of 4000–500 

cm
-1

.  

2.6 Scanning electron microscopy (SEM) 

Fractured surface morphologies of PLA composites 

with treated and untreated EFB fibers were 

investigated by using a scanning electron 

microscope (ZEISS, EVO50, Germany). Samples 

were mounted on aluminium stubs with carbon tape 

and then sputter coated with platinum to make them 

conductive prior to scanning electron microscopy 

(SEM). 

 

2.7 Differential scanning calorimetry  

Glass transition temperature (Tg), melting 

temperature (Tm) and crystallization temperature (Tc) 

were monitored by the differential scanning 

calorimetry (DSC) using a TA/Q1000 apparatus 

under nitrogen atmosphere. In order to avoid 

moisture effect, all the test specimens were dried at 

90°C for 7 h prior to the measurements. For DSC 

measurements, the samples were initially heated at 

temperatures in the range of 30–250°C with a 

heating rate of 10
⁰
C min

–1
,  then cooled down to 

30°C with a cooling rate of 5
⁰
C min

–1
 and re-heated 

from 30 to 250°C to monitor calorimetric properties. 

The degree of DSC crystallinity (Xdsc) of the samples 

was calculated by the heat of fusion for the tested 

sample and a reference sample with 100% 

crystallinity using the following relation 

[14]: %100
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dsc

 
………………..(3) 

where ∆H is the heat of fusion of the sample under 

study, ∆Hm of value 93.6 J g
–1  

represents the heat of 

fusion for 100% crystalline PLA and W is the mass 

fraction of the matrix [12]. 

2.8 Thermogravimetric analysis (TGA) 

Thermogravimetric measurements were conducted 

by a TGA Q500 V6.4, Germany in a platinum 

sample pan under nitrogen atmosphere (flow rate 60 

ml/min) with a heating rate of 20
⁰
C/min. The 

temperature range was scanned from 25 to 600
⁰
C.  

3. Result and discussion 

3.1 Fiber Optimization 

Fig. 1 represents the variation of TS and TM with 

respect to REFB fibers content, where the 30 wt% 

EFB fibers reinforced PLA composite exhibits the 

highest mechanical performances among all others. 

Having optimized fiber content in the composites, 

these fibers were subjected to treatments in 3wt % 

alkali solutions at 60 minutes exposure time and 

80⁰C treatment temperatures with and without 

ultrasound. 

3.2 FTIR structural analyses 

Fig. 2 illustrates the FTIR spectra of various 

composites. Visible differences among the 

investigated spectra of different composites are 

marked with arrows and dotted enclosures. The 

differences in the spectra inside the rectangular 

enclosure in the range 3300−3600 cm
-1

 gives an 

indication of the degree of hydrogen bond formation 

between the OH groups of fibers and the C=O or 

COOH groups of PLA. Evidence on esterification 

among OH groups of EFB fibers and terminal 

COOH groups of PLA is the intensity changes at 

1756 cm
-1

 peak (arrows) [15]. 

Supplementary significant differences regarding 

adhesion between fiber and PLA are the spectral 

changes in the range 1000−1300 cm
-1

. These 

indicate that a fairly large number of available OH 

groups are exposed on the fiber surface after the 

alkali, ultrasound and ultrasound-alkali treatments. 

Conversely, a very limited number of the surface 

OH groups of untreated fibers takes part in bonding 

with the C=O and –COOH groups of PLA, as they 

are mostly engaged with impurities like lignin, 

pectin etc. Thus, the increased exposure of the OH 

groups of fibers provides improved potential for 

hydrogen and covalent bonds formation with C=O 

and COOH groups of PLA, respectively. We can, 

therefore, suggest an improved compatibility 

between treated EFB fibers and matrix, where the 

effect of ultrasound for fiber-treatment is noticeable. 

3.3 Surface morphology 
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SEM micrographs of the fractured surface of 

composites are presented in Fig.3, wherein holes, 

fiber pull-out, fiber-fracture and PLA crystallites are 

marked. REPC surface seems to show fiber pulled 

out from the PLA matrix with the creation of 

noticeable large holes. These could be due to either 

free volumes developed in REPC or poor adhesion 

between REFB fibers and PLA.  

The poor adhesion is a result of the presence of 

impurities in the surface of untreated fibers. On the 

other hand the SEM micrographs of AEPC, UEPC 

and UAEPC show fiber-fracture and less holes, 

rather than fiber pull-out. Fiber fracture and fiber 

pull-out are indicators of the degree of stress transfer 

from the matrix to the fiber. The presence of fiber 

fracture and few holes in SEM micrographs of 

AEPC and UAEPC signify efficient stress transfer 

from the matrix when the load is applied. Thus, the 

SEM observations disclose a relatively poor 

interfacial adhesion in the REPC as compared to 

composites of the treated fibers. This improved 

adhesion of treated fibers with PLA may suggest the 

formation of hydrogen and covalent bonding in 

composites as discussed earlier. 

3.4 Glass transition, crystallization and melting 

temperatures 

DSC thermograms obtained from the 2
nd

 heating 

course are shown in Fig. 4. The pure PLA has been 

reported to display glass transition, cold 

crystallization and melting, which are characterized 

by temperatures Tg, Tc and Tm, respectively [18]. In 

this study, the composites show three distinct peaks, 

including the Tg and the Tc as well as the double 

melting (Tm1 and Tm2), where Tm1 and Tm2 are 

temperature of low and high temperature 

endotherms, respectively. 

The Tg, Tc, Tm, and Xdsc(%) values evaluated from the 

DSC runs are summarized in Table 1, showing 

different values for different samples. The observed 

Tg value in this study gradually increases based on 

fibers treatments according to the order UAEPC> 

UEPC > AEPC >REPC. Most often, it is a common 

trend to show a low Tg by a sample with a low 

degree of crystallinity, where the molecules can 

move easily. The more orderly crystalline state has 

the higher density, and consequently the non-

crystalline molecular chains become inhibited as 

they are anchored to the immobile crystallites. On 

the other hand, the increase in crystallinity in PLA 

has been demonstrated by the incorporation of 

nucleating agent, because this nature lowers the 

surface free energy barrier for nucleation that 

enables its crystallization at lower temperature on 

heating [19]. If we compare the degree of 

recrystallization in composites, REPC shows the 

highest Tc value (119°C) and UAEPC shows the 

lowest value (101°C).  The lower Tc in composites 

suggests that treated EFB fibers are more favorable 

nucleating agents for PLA crystallization during 

heating.  

The early crystallization of PLA by differently 

treated fibers is probably facilitated by the improved 

hydrogen and covalent bonding between treated 

fibers and PLA. As far we know that these effects of 

differently treated EFB fibers in PLA crystallization 

have not been published before in any other article. 

Considering crystal melting, it was suggested that 

that Tm1 is originated from small and imperfect 

crystals, which changed successively into more 

stable crystals through the melting and 

recrystallization and an exotherm between the two 

endothermic peaks is associated to recrystallization 

[20]. However, more detailed definitions have been 

given by Pan et. al, who described that Tm1 is 

associated with both the phase transition and the 

melting of the original α-phase crystals, while Tm2 

arises from the α-phase formed during the phase 

transition and melt-recrystallization [21]. Other 

explanations have been the existence of either dual 

crystal structures in a polymer or dual lamellae 

population in the same crystalline structure of a 

polymer [22]. To distinguish the effect of differently 

treated fibers on crystallization in PLA, we invoke 

the free energy concept for the formation of a 

nucleus of a critical size [23]: 
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  ……………….…… (2) 

  

Obviously, G
*
 increases with the decrease of ΔT. 

Using our DSC data for evaluation of ΔT, we can 

infer that G
*
 is the lowest for UAEPC followed by 

UEPC and AEPC. These results confirm that the 

energy barrier for nucleation in PLA is lowered 

treated fibers, leading to an increase in the overall 

crystallization in PLA. Thus, we suggest that the 

higher crystallization in biocomposites is due to the 

increased hydrogen/covalent interactions between 

matrix and treated fibers. 

3.5 Mechanical Properties 
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The TS and TM of the composites are plotted in Fig. 

5. The TS and TM values are found to gradually 

increase with incorporation of treated EFB fibers.  

These results indicate that simultaneous ultrasound-

alkali treatment of the EFB fibers facilitates 

improvement in their mechanical performances. The 

structures and properties of these samples are 

subsequently compared with those of REPC and 

UAEPC. The trend of TS and TM changes for all 

these samples investigated here. The trend of IS 

changes are shown in Fig. 6, similar to the trend of 

TS and TM changing. The increasing trend in TS, TM 

and IS of composites are according to the following 

order: UAEP>UEPC>AEPC>REPC. These 

observations signify a moderate enhancement in 

mechanical properties of prepared composite 

materials by simultaneous ultrasound-alkali 

treatment of EFB fibers. This enhancement in 

properties is due to the modification of fiber surface 

by different treatments and increased compatibility 

between EFB fibers and PLA, as demonstrated by 

FTIR, SEM and DSC studies.   

3.6 Thermal degradation 

Fig.7 illustrates the thermal degradation of the 

composites investigated in a temperature range of 

50–600°C. TGA generally involves the release of 

absorbed water (if any) from a sample, the “onset” 

of degradation of molecules in the sample, the steps 

of degradation and the presence of residual char. The 

degradation in REPC composite begin at relatively 

lower temperature than that found in treated EFB 

incorporated composites such as AEPC, UEPC and 

UAEPC. The TGA traces of composites seem to fall 

at 100°C, indicating the emission of absorbed 

moisture. Besides, the TGA sharp-fall, which occurs 

at 275°C for REPC look quite distinct from that for 

AEPC, UEPC, UAEPC, showing a two-step process 

in the temperature ranges of 275-380°C and 380-

519°C. This may be connected to the decomposition 

behavior of the molecules of EFB fibers in the 

differently treated composites. The degradation of 

natural fiber has been ascribed by the dissociation of 

C−C chain bonds along with H–abstraction at the 

site of dissociation [1].  

Although, degradation temperature (Td) can be 

obtained from TGA traces, it is a common practice 

to consider the Td at 50% weight loss of a sample as 

an indicator for the structural destabilization [23,24]. 

The Td values thus evaluated for REPC, AEPC, 

UEPC, and UAEPC from TGA curves are 

introduced in Table 1. 

 

4. Conclusions 

Short EFB fibers have been treated in alkali medium 

and by ultrasound in water and alkali media and to 

reinforce PLA for preparing REPC, AEPC, UEPC 

and UAEPC. The reinforced composites, such as 

UAEPC, UEPC and AEPC show an increase in glass 

transition and crystal melting temperatures as well as 

a decrease in crystallization temperature as 

compared to REPC. They also show an increase in 

mechanical properties from REPC. These superior 

properties in treated fiber based composites have 

been explained by the changes in crystallinity and 

crystalline morphologies in PLA as well 

hydrogen/covalent bonding between fiber and PLA. 

FTIR has provided strong evidence of adhesion 

between them. Information on crystalline structure 

of the composites as observed by DSC has been 

found to be consistent. Among various treatments, 

fibers treated by ultrasound in alkali medium have 

been found to be more effective than others. 
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Fig.1. Variations of TS and TM as a function of  

EFB content for the raw composites 

 

 

Fig. 2. FTIR spectra of (a) REPC, (b) AEPC, (c) 

UEPC and (d) UAEPC. 

 

 

 

 
Fig.3.SEM micrographs of (a)REPC, (b)AEPC, (c) 

UEPC and (d) UAEPC. 

 
Fig.4.DSC thermograms of (a) REPC, (b) 

AEPC,(c)UEPC and (d) UAEPC from the 2
nd 

heating run.  
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Fig.5.Tensile strength and tensile modulus of 

composites. 

Fig.6. Impact strength of composites. 

 

 

Fig.7.TGAthermograms of (a) REPC,(b)AEPC, (c) 

UEPC and (d) UAEPC. 

Table 1: The Tg, Tc, Tm , Xdsc(%) and Td for different 

samples. 

 

Sample Thermal properties 

 Tg 

(⁰C) 

Tc 

(⁰C) 

Tm1 

(⁰C) 

Tm2 

(⁰C) 

Xdsc 

(%) 

 

Td 

(⁰C) 

REPC 56.5 119 140.1 146.6 31 324 

AEPC 59.9 108 143.6 150.8 35 332 

UEPC 60.6 105 143.6 151.9 41 346 

UAEPC 62.2 101 143.6 151.9 43 364 
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1 Introduction  

With the increasing use of fiber-reinforced polymer 

(FRP) composites in aerospace and other industries, 

the failure mechanisms of them should be well 

understood in order to take full advantage of their 

excellent performance and to develop even higher 

performance materials. However, as FRPs consist of 

heterogeneous materials, the interactions between 

the reinforcements and matrix as well as the 

interface make the failure process very complicated. 

Up to now the failure mechanisms of FRPs are not 

well revealed, and their strength cannot be 

accurately predicted. Generally, a full experimental 

approach is used to obtain their strengths, which 

requires a considerable amount of human, financial 

and time resources. Even so, as compared with the 

longitudinal properties, the experimental 

characterization of the properties in the transverse 

direction is subjected to more uncertainties and 

experimental data are actually scarcer. Therefore, an 

accurate and cost-effective method to reveal the 

damage initiation and evolution process of the 

composites and then to predict their strengths is 

urgently required. Previously, the authors [1] 

developed a micromechanical damage model by 

finite element method (FEM) to reveal the failure 

mechanisms and predict the strength of 

unidirectional FRP composites under transverse 

tension and compression, with some valuable 

conclusions obtained. However, the shear load has 

not been considered in the investigation, which may 

cause more complicated failure behavior. Though 

some researchers have carried out investigations on 

the micromechanical failure behavior of fiber 

reinforced composites under in-plane shear [2] and 

transverse shear [3][4], the failure mechanisms were 

still not well revealed. Thus, this paper uses the 

presented micromechanical damage model to 

investigate the failure behavior of FRPs subjected to 

in-plane and transverse shear load. The stress-strain 

curves are obtained and compared with the 

experiment. The damage initiation and evolution 

process is discussed in detail, giving reasonable 

explanations to the failure mechanisms of the 

composite under both in-plane and transverse shear 

loads. 

2 Simulation Strategies 

2.1 Generation of RVE  

To perform micromechanical analysis of composite 

material, a representative volume element (RVE) 

large enough to represent the bulk material should be 

constructed. LLorca et al [5] have proved that an RVE 

including 30 fibres is adequate to represent the 

macroscopic material, and this suggestion is adopted 

in our investigation. The RVE consists of three 

phases: the fibers, the matrix and the interface. It is 

well known that for FRPs the fibers are randomly 

distributed in the matrix, thus the RVE should take 

into account this characteristic. In our previous work 

[6], a novelty method named random sequential 

expansion (RSE) algorithm was proposed, which can 

overcome the jamming limit of hard-core model [7] 

to generate random fiber distributions for high value 

of fiber volume fraction (FVF). The RSE algorithm 

is used in this paper to generate the RVE of the 

composite material. The representative RVEs used 

for micromechanical analysis are shown in Fig.1, 

which contains 30 integrated fibers of 10 μm 

diameter, with FVF of 50% and 60%, respectively. 

The RVEs with 50% FVF are used for the transverse 

shear simulation, and those with 60% FVF for in-
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plane shear simulation. In each case, five separate 

RVEs with different fiber distributions are generated 

to take into account the effect of microscopic 

configuration. 

 

Fig.1. The RVEs used for micromechanical analysis with fiber volume fraction of (a) 50% and (b) 60% 

2.2 FEM model 

FEM models are generated in ABAQUS/Explicit, 

which uses an explicit direct-integration procedure 

to overcome the convergence difficulty of numerical 

analysis. Plain strain models are used for transverse 

shear simulation, since the mechanical behavior in 

any transverse plane is basically the same for long 

fiber reinforced composite. While for in-plane shear 

simulation, three dimensional models must be 

adopted, as the load is along the fiber direction. The 

detailed description about the plain strain model can 

be found in [1], thus is not repeated here. For the 

three dimensional model, the fibers and matrix are 

meshed with 8-node linear brick element with 

reduced integration and hourglass control (C3D8R). 

A layer of 8-node three-dimensional cohesive 

elements (COH3D8) with very small thickness (0.01 

μm) are inserted between each fiber and the 

surrounding matrix to simulate the interface. Shown 

in Fig.2 is the FEM model of one representative 

RVE with FVF of 60%. The whole model contains 

228,200 elements. 

Periodic boundary conditions are applied to the RVE 

to ensure continuity between neighboring RVEs, 

which are expressed by the following equations: 

 

1

2

3

( , , ) (0, , )

( , , ) ( ,0, )

( , , ) ( , ,0)

U u a y z u y z

U u x b z u x z

U u x y c u x y

 (1) 

where a, b and c are dimensions of the RVE along 

the x, y and z axis direction, respectively. 

 
Fig.2. 3-D FEM model of RVE 

2.3 Material Models 

The material is chosen from the World Wide Failure 

Exercise as E-glass/MY750/HY917/DY063 [8], with 

the properties of the fiber and matrix listed in Table 

1. 
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As fiber failure is unlikely to happen under the 

current loadings, no damage model has been 

implemented for the fibres, which are modelled as 

linear elastic and transverse isotropic solids. On the 

other hand, experimental studies have shown that the 

dominant damage mechanisms involved in 

transverse ply cracking of composites are matrix 

plastic deformation and interfacial debonding [9]. 

Therefore the failure behaviour of the polymeric 

matrix and the interface are introduced and 

discussed in detail as follows. 

Table 1 Mechanical properties of the fiber and matrix 

Fiber Matrix 

Longitudinal modulus, Ef1 (GPa) 74 Modulus, Em (GPa) 3.35 

Transverse modulus, Ef2 (GPa) 74 Shear modulus, Gm (GPa) 1.24 

In-plane shear modulus, Gf12 (GPa) 30.8 Poisson's ratio, νm 0.35 

Major Poisson's ratio, νf12 0.2 Tensile strength, σmt (MPa) 80 

Transverse shear modulus, Gf23 30.8 Compressive strength, σmc (MPa) 120 

 

2.3.1 Polymeric matrix 

It is often observed that the behavior of polymers is 

sensitive to the hydrostatic stress [10][11]. To 

capture these characteristics, the extended linear 

Drucker-Prager yield criterion is employed, which is 

expressed by the following equation [12]: 
3

1 1 1
tan 0,    1 1

2
   

r
F t p d t q

K K q
       

   
   

    
 (2) 

where p is the hydrostatic stress, q is the Mises 

equivalent stress, r is the third invariant of deviatoric 

stress, β is the slope of the linear yield surface in the 

p–t stress plane, d is the cohesion of the material, 

and k is the ratio of the yield stress in triaxial tension 

to the yield stress in triaxial compression and, thus, 

introduces different yield behaviours between 

tension and compression.  

The parameters needed for the numerical simulation, 

β, d and k, can be determined by the following 

equations [12]: 

 
6sin
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3 sin
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  (5) 

where,   is the internal friction angle of the Mohr-

Coulomb yield criterion, which can be obtained 

from the tensile and compressive strength of the 

matrix [13]: 

 sin mc mt

mc mt

 


 





  (6) 

Thus, it gives 11.5  , and then we have 

23.2  , 103 MPad  , 0.875k  . 

Besides the yield criterion, there also should be a 

criterion for predicting the onset of damage. 

Experimental results indicate that the polymer shows 

rather brittle fracture behaviour at a very low strain 

in uniaxial tension, but it yields and shows 

considerable plastic deformation in uniaxial 

compression and pure shear [14]. Thus the criterion 

should be able to predict the damage onset 

discriminating between different triaxial stress states. 

This is achieved by the ductile criterion which 

assumes the equivalent plastic strain at the onset of 

damage pl

D  to be a function of stress triaxiality η, 

where /p q   . The stress triaxiality is a 

measurement of the triaxial stress state, for example, 

η takes the value of zero under pure shear, and the 

values of ±1/3, ±2/3 and ±∞ for uniaxial, equibiaxial 

and equitriaxial tension and compression, 

respectively. In this paper, the equivalent plastic 

strains at the onset of damage for uniaxial tension 

and compression are set as 0.05 and 0.5, respectively, 

the reasonable values extracted from experimental 

results [14]. 

After the onset of failure, the damage evolution is 

controlled by a progressive failure procedure, the 

stress-strain behavior of which is illustrated in Fig.3. 

The dashed curve in the figure is the stress-strain 

response in the absence of damage, while the solid 

curve represents the damaged response. The damage 

manifests itself in two forms: softening of the yield 

stress and degradation of the elasticity, both of 

which are related to the damage variable D, which 
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increases with the evolution of damage according to 

[12]: 

 
pl pl

pl pl

f f

L u
D

u u
  (7) 

where L is the characteristic length, pl  and plu  

respectively are the equivalent plastic strain and 

equivalent plastic displacement. Before damage 

initiation 0plu ; after damage initiation pl plu L . 

And pl

fu  is the equivalent plastic displacement at 

failure computed as 02 /pl

f f yu G , in which, 
0y
 is 

the yield stress at the time when the failure criterion 

is reached, and Gf is the fracture energy per unit area:  

 
0 0

pl pl
f f

pl

u
pl pl

f y yG L d du   (8) 

in which, 
0

pl  and pl

f  respectively are the equivalent 

plastic strains at the onset of damage (D=0) and at 

final failure (D=1). 

The experimental stress-strain curves show that the 

form of final failure is brittle instead of ductile no 

matter the epoxy is under uniaxial tension or 

compression, thus the fracture energy is given as a 

very small value of 0.5 J/m2, since a value smaller 

than this may induce numerical instability. 

 

Fig.3. Stress-strain behavior of the matrix 

2.3.2 Interface model 

Interfacial debonding is included in the simulation 

by cohesive elements, with the constitutive response 

defined in terms of a bi-linear traction-separation 

law which relates the separation displacement 

between the top and bottom faces of the element to 

the traction vector acting upon it. The initial 

response is linear in absence of damage with an 

elastic stiffness of K: 

 tn n s s tt K t K t K， ，   (9) 

where tn, ts and tt are the normal and the two shear 

tractions, respectively, δn, δs and δt are the 

corresponding separations. The elastic stiffness is 

selected as K = 108 GPa/m, large enough to ensure 

the displacement continuity at the interface and to 

avoid any modification of the stress fields around 

the fibers in the absence of damage [4]. 

The maximum nominal stress criterion is used to 

predict the damage initiation of the interface, which 

is represented as: 

 
0 0 0

max , , 1
n s t

n s t

t t t

t t t
 (10) 

where 
0

nt ,
0

st  and 
0

tt  represent the peak values of the 

nominal stress when the deformation is either purely 

normal to the interface or purely in the first or the 

second shear direction, respectively. 〈  〉 is the 

Macaulay brackets, which return the argument if 

positive and zero otherwise, to impede the 

development of damage when the interface is under 

compression. As the strength of interface can hardly 

be measured by experiment, for simplicity, it is 

assumed to have similar mechanical properties with 

the matrix: the normal and the two shear strength of 

the interface are assumed to be equal to the tensile 

strength and the cohesion of the matrix, respectively, 

i.e., 
0 0 080 MPa  103 MPan s tt t t  , . 

Once the damage begins, the traction stress is 

reduced depending on the interface damage 

parameter D, which evolves from 0 (in the absence 

of damage) to 1 (at ultimate failure), as shown in 

Fig.4. The displacement at failure ( f

n
 or f

s
) is 

determined by the fracture energy G, which 

corresponds to the area under the traction-separation 

curve. The interface fracture energy is taken from 

Ref. [3] as 100 J/m2. 

 

Fig.4. Traction-separation law of the interface 
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3 Results and Discussion 

3.1 In-plane shear 

3.1.1 Stress-strain curves 

The simulated in-plane shear stress-strain curves of 

the RVEs are shown in Fig.5, compared with the 

experimental result from [8]. As can be seen, the 

simulated results of all RVEs have very good 

consistency, with the elastic regimes of all the 

curves almost superposed. The different fiber 

distributions of RVEs cause very little difference in 

the simulated shear strength and failure strain, thus 

in return proves the RVE is large enough to 

represent the bulk material. The predicted in-plane 

shear strengths are a little smaller than the 

experimental value, but generally the errors are 

within 15%. The predicted in-plane shear failure 

strain also agrees well with the experimental result. 

Considering the uncertainties of the interface 

properties, the accuracy of the numerical model is 

acceptable. 

 
Fig.5. The simulated in-plane shear stress-strain 

curves and comparison with experiment [8] 

 
Fig.6. Ultimate damage state of RVE under in-plane shear 

3.1.2 Failure mechanism 

Take RVE-1 for example, Fig.6 illustrates the 

ultimate damage state of the RVE under in-plane 

shear. As can be seen, a complete fracture surface is 

generated in the model, which runs through the fiber 

direction. To get a clearer understanding of the 

damage form, the model is broken up along the 

fracture surface, showing the details of the fracture 

surface. It is interesting that the fracture surface is 

not parallel to the fibers, but has certain angle of 

inclination with the fiber direction. The actual value 

of the inclination angle is about 11°, which is 

approximately equal to the internal friction angle of 

the matrix (11.5°), indicating a leading role of the 

matrix plastic damage in the failure behaviour of the 
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composite. However, this exact inclination angle is 

not necessarily to form, as the crack propagation 

path will be affected by the distribution of fibers. It 

can also be seen that interfacial debonding only 

happens at the locales near the front and back 

surface, leaving the most of the fracture surface 

being matrix plastic damage. Thus it is concluded 

that damage first occurs in the form of interfacial 

debonding near the outer surface, and then matrix 

plastic damage is induced at the vicinity of the 

interface damage and propagates inward, finally, the 

matrix damage links as a complete surface that runs 

through the RVE, causing the ultimate fracture of 

the RVE. 

3.2 Transverse shear 

3.2.1 Stress-strain curves 

The simulated transverse shear stress-strain curves 

are illustrated in Fig.7. As can be seen, the 

difference in fiber distribution causes more 

divergence in the stress-strain relation than in-plane 

shear, especially in the failure strain. And the 

average transverse shear failure strain is smaller than 

the in-plane shear failure strain. This is probably 

because when the loading is along the longitudinal 

direction, more interface slipping is allowed to 

happen, for instance, in the form of fiber-matrix 

debonding or fiber pull-out. 

 
Fig.7. The simulated transverse shear stress-

strain curves

 
Fig.8. Damage initiation and evolution of RVE-1 under transverse shear 
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3.2.2 Damage initiation and evolution 

The damage initiation and evolution process of the 

RVE under transverse shear is shown in Fig.8, with 

each damage state corresponding to one point in the 

stress-strain curve. Point a is the peak of the stress-

strain curve, standing for the transverse shear 

strength of the composite, and the corresponding 

damage state is shown in Fig.8a. It is found that the 

main damage mechanism at this stage is matrix 

plastic damage, which occurs right near the 

interfaces of two adjacent fibers. At the same time, 

interfacial debonding can also be found between 

adjacent fibers, as can be seen more clearly by a 

partial enlarged drawing. And the connecting line of 

the two fibers is approximately parallel to the 

direction of maximum principal stress (i.e. 45° 

direction), thus the interfacial debonding is supposed 

to be caused by the maximum tensile principal stress. 

After the peak point, the curve shows a slow 

declining period, at the same time more matrix 

damages happen at different locations where two 

fibers are close to each other, as shown in Fig.8b. 

Finally, matrix cracks are linked to form a main 

crack, passing through different interfaces in the 

path and causing the ultimate fracture of the 

composite, as shown in Fig.8c. 

Fig.9 shows the ultimate damage forms of the other 

four RVEs. It is obvious that the fiber distributions 

greatly affect the crack propagation path. In most 

cases, a main crack that runs through the RVE will 

form; but when the fiber distribution is too 

disorderly, the throughout crack may fail to form, as 

is the case of RVE-2. This also gives the explanation 

to Fig.7 that why the stress-strain curve of RVE-2 

deviates from the others. 

 
Fig.9. Ultimate damage forms of different RVEs 

4 Conclusions 

The failure behavior of unidirectional FRPs 

subjected to in-plane and transverse shear is studied 

using computational micromechanics. RVEs with 

different microscopic structures are constructed to 

consider the effect of random fiber distribution. The 

predicted in-plane shear stress-strain curves show 
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reasonable agreement with the experimental results. 

The microscopic damage mechanisms of the 

composite under both loadings are clearly revealed, 

showing complicated interactions between different 

damage forms involving matrix plastic deformation 

and interfacial debonding. 
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Abstract 

A hierarchical multiscale model of a 3D 

representative volume element (RVE) for nylon 

6/clay nanocomposites was introduced to study its 

constitutive properties and damage behavior. The 

model was composed of a nylon 6 matrix with 

embedded silicate layers. A gallery inter-layer was 

inserted between the intercalated silicate layers and 

an interphase layer was added around the silicate 

layers to mimic actual nylon 6/clay nanocomposites. 

In order to characterize the mechanical behavior of 

the nanocomposites, the material properties of its 

constituents need to be determined. Nylon 6 or the 

so-called polyamide 6 is a typical thermoplastic 

material. Thermoplastic materials could undergo 

quite large deformation before rupture. A 

progressive damage criterion which takes into 

account triaxiality effects on damage initiation was 

applied to simulate the pure nylon 6. Experimental 

work on tensile testing of pre-notched bars was 

carried out to obtain the damage parameters for the 

nylon 6. The damage process of the gallery layer and 

the interphase layer was governed by a traction-

separation law which was obtained by performing 

molecular dynamics (MD) simulations. The silicate 

layers are assumed to be only linear elastic without 

damage. The constitutive relationship and damage 

patterns of the numerical model of nylon 6/clay 

nanocomposites were examined by explicit FEM 

under the quasi-static uniaxial stress tension loading. 

The effect of the strength of the gallery layer and the 

interphase layer on the constitutive relationship was 

also studied.  

1 Introduction 

Polymer nanocomposites are a novel class of 

materials where nanometer-sized fillers are 

introduced into a distinct polymer matrix. In recent 

years, polymer nanocomposites have drawn great 

attention both in industry and academia. A polymer 

nanocomposites system generally contains two 

material phases-the polymer matrix and nanometer-

sized fillers. The polymer matrix could be either 

thermoplastic polymer or thermoset polymer. 

According to their shape, nanometer-sized fillers can 

be divided into dot-like, tube-like and plate-like. 

Examples for these three types of nanometer-sized 

fillers are nano-silica, nano-tube and nano-clay 

respectively. Among various polymer 

nanocomposites, the polymer/clay nanocomposites 

have been widely used in automotive structures, 

aircrafts, infrastructure, etc. The nano-clay is a 

general term for layered silicate minerals with high 

stiffness and strength. The aspect ratio of mono 

silicate platelet usually is about 100-1000 [1-3]. 

These stacked silicate layers will separate to form 

either intercalated state or exfoliated state when they 

are blending with the polymer matrix. Dispersion of 

low weight fraction (<5%) of these silicate layers in 

the polymer matrix will lead to significant 

improvements in mechanical, thermal and barrier 

properties compared with the traditional polymers. 

Nano-clay reinforced nylon 6 nanocomposites were 

first prepared by the Toyota research group [4, 5]. 

Since then, the preparation and their mechanical 

behavior have been extensively studied. It has been 

well documented that the Young’s modulus and the 

yield stress could be improved with the 

incorporation of layered silicates. However, the 

damage behavior of these nylon 6/clay 

nanocomposites has yet to be well characterized. A 

good understanding of the damage behavior of 

nanocomposites is particularly important for 

structural design and other practical applications. 

Experiments have been carried out to observe the 

damage and fracture mechanisms of polymer 

nanocomposites. Examples of experimental studies 

on nylon 6/clay nanocomposites were reported in [6, 

7]. However, now it is still difficult and expensive to 

accurately analyse the micromechanics of the 

polymer nanocomposites through experiments due to 

the nanometer-sized reinforcements. Besides, 
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analytical approaches, such as effective clay models, 

are usually considered to study the mechanical 

behaviors of polymer/clay nanocomposites [8, 9]. 

However, these effective clay models could not 

explicitly represent the constituents of the clay 

particle. Therefore, the analytical models could not 

well resolve damage problems of polymer/clay 

nanocomposites with complex microstructure.  

Computational micromechanics is emerging as a 

powerful tool to study the mechanical behavior of 

heterogeneous materials including nanocomposites. 

In the polymer/clay nanocomposites, the relationship 

between the hierarchical structure and mechanical 

properties can be characterized by the corresponding 

hierarchical multiscale modeling method, covering 

computational methods ranging from the atomic 

length scale to the continuum scale [10]. Simulations 

at the atomic length scale contain Quantum 

Mechanics (QM), Monte Carlo (MC) and Molecular 

Dynamics (MD). These simulations could take the 

molecular interaction into consideration. However, 

the applications of these simulations are limited by 

prohibitive computational time when the model 

comprises too many atoms. At this stage, traditional 

finite element method (FEM) and continuum 

mechanics could be a more practical choice. In the 

hierarchical multiscale modeling method, material 

properties of the constituents of the nanocomposites 

obtained from a lower scale can be input into a 

model of larger length scale for further calculation. 

In this study the computational methods at lower 

scale and continuum scale respectively refer to MD 

simulations and FEM.  

The structure of this manuscript is arranged as 

follows. Firstly, a 3D RVE which mimics the actual 

nylon 6/clay nanocomposites model is introduced. 

Secondly, the materials properties of the constituents 

of the nylon 6/clay nanocomposites were determined 

by using experimental approaches or MD 

simulations. The material properties of nylon 6 were 

obtained by carrying out tensile test on pre-notched 

bars. The damage property of nylon 6 is described 

by a progressive ductile damage criterion which has 

been integrated in the commercial FEM codes, 

Abaqus. The material properties of the gallery layer 

and interphase layer were obtained from MD 

simulations. These properties are expressed by a 

traction-separation law which has also been 

integrated in Abaqus. Then these material properties 

were imported into the 3D RVE model. Lastly, the 

macroscopic response of the RVE model to quasi-

static uniaxial stress loading was solved by explicit 

FEM to assess damage behavior of nylon 6/clay 

nanocomposites. Effects of strength of the gallery 

layer and the interphase layer on the constitutive 

relationship of nylon 6/clay model were also studied. 

2 Experimental work and Damage criteria 

2.1 Clay model and RVE model  

It is known that fracture is strongly related to local 

inhomogeneities in composite materials. The 

presence of nano-clay may produce discontinuities 

at nano and micro scales due to its thickness, width 

and agglomerates. Establishing a computational 

model that could describe the microstructure of 

actual polymer/clay nanocomposites is a 

fundamental task for a reliable prediction of such 

new systems. In terms of enhancement of 

mechanical properties, complete exfoliation of clay 

platelets is desired but never achieved for 

polymer/clay nanocomposites. For nylon 6/clay 

nanocomposites with highly exfoliated but 

intercalated clay platelets, nylon 6 molecules will 

penetrate between stacked silicate layers to form a 

gallery layer during the manufacturing process. The 

interphase layer is represented by one layer between 

the silicate platelet and the nylon 6 matrix having 

distinct properties from matrix due to the chemical 

reaction between the silicate layers and the nylon 6 

matrix. The gallery layer, interphase layer and 

silicate layer collectively form the clay particles as 

shown in Fig.1.a. In this study, the nano-clay was 

assumed to be a perfectly round and flat particle for 

simplicity. The number of silicate layers per nano-

particle was set to be 2 to represent the highly 

exfoliated but intercalated state. The gallery layer, 

the interphase layer and silicate layers have the same 

diameter, .208nm
g i s

d d d   The thicknesses of the 

gallery layer, interphase layer and silicate layer 

are 2.82nm,
g

h   6nm,
i

h  and 0.95nm
s

h   

respectively based on experimental observations[1-

3]. The 3D RVE model comprising four constituents 

- the matrix, the silicate layer, the gallery layer and 

the interphase layer - was generated using in-house 

C++ and python algorithms. In each RVE model, 35 

clay particles are randomly and periodically 

distributed in the cubic matrix. RVE models of 

nylon 6/clay nanocomposites with 1%, 2.5% and 5% 

weight fractions of nano-clay were generated for 

analysis. For each weight fraction, nine models with 

different resolutions were generated and used in the 

computations to obtain an average of the predicted 

properties. The RVE model with 2.5% weight 

fraction of nano-clay is shown in Fig.1.b. Due to the 
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complexity of the local geometry, the matrix and 

silicate layers were meshed with the tetrahedron 

element - C3D4 elements. The gallery layer and the 

interphase layer were meshed with 3D cohesive 

element - COH3D8 elements. In the section 2.2 and 

2.3, the determination of material properties of nylon 

6 and the gallery layer as well as the interphase layer 

is discussed.  

2.2 Experimental work and Progressive damage 

criterion for nylon 6 

The nylon 6 matrix was assumed to behave as an 

isotropic solid. Its plasticity was governed by an 

isotropic plasticity model. Its failure was governed 

by a progressive damage criterion, given by, 

0

  1
( )

f

D

f

d
W





 
       (1) 

where, 
D

W  is a state variable,   is the triaxiality 

which is defined as /
eqm

   , 
m

  is the mean stress, 

as  
1 2 3

/ 3
m

     and the equivalent stress 
eq

  

is defined as the Mises stress, as 

     
2 2 2

1 2 2 3 3 1
1/ 2 ,

eq
              1

,
2
,  

3
  are the principle stress. 

f
  is the effective plastic 

strain at onset of damage. It is a function of 

triaxiality and strain rate. For the sake of simplicity, 

in this study
f

  is assumed to be strain rate 

independent. In the numerical process, 
D

W  is a state 

variable that increases monotonically with plastic 

deformation. At each increment during the analysis 

the incremental increase in 
D

W  is computed as: 

 
0

D

f

W


 


       (2) 

When 1,
D

W   it indicates that progressive damage 

initiation has occurred. In order to build the 
f

   

relationship, some experimental work must be 

carried out. Hooputra et al. [11] have presented for 

generating different stress triaxiality, the uniaxial 

tensile test, the biaxial tensile test and the three point 

bending test should be done. Mae [12] also studied 

the material ductility of PP/EPR/talc composite with 

butterfly specimens which can generate wide range 

of stress triaxiality. However, these experiments are 

difficult to perform or need special consideration for 

the clamp design. In order to simplify the situation, 

the pre-notched bars method was adopted in this 

study. The pioneering work was performed by 

Bridgeman [13] who presented analytical solutions 

for the 
f

   relationship. This solution is based on 

the analysis of pre-notched bars, as shown in Fig.2, 

which can generate different stress triaxiality right at 

the notched region when the specimens are subjected 

to uniaxial tensile test. Earl et al. [14] and Bruning et 

al. [15] have respectively modified the Bridgman 

analysis. Bao et al. [16, 17] have systematically 

studied the
f

   relationship of metal materials 

through both experimental and numerical 

approaches with pre-notched bars. Solid polymers 

have also been studied through this approach [18, 

19]. According to Bridgman analysis, the value of 

the triaxiality and the equivalent plastic strain at 

onset of fracture of pre-notched bars can be 

expressed as: 

0
1

ln 1
3 2

r

R
   

 
 
 

    (3) 

02ln
f

r

r
 

 
 
 

     (4) 

where, r is the radius of the minimum cross-section 

and R is the radius of the circumferential notch, 
0r  is 

the initial value of r. 

In this study, a series of circumferentially blunt-

notched bars were also used to generate different 

triaxial stress state, as shown in Fig.2. The uniaxial 

tensile test was performed. From Fig.3, it can be 

seen that the nylon 6 specimen is clamped by Instron 

tensile testing machine. Strain gages, an 

extensometer and a camera were used to record the 

deformation of the specimens during the loading 

process. Nylon 6 has a very large plastic 

deformation before the onset of damage and may 

vary significantly due to manufacturing or other 

factors. As a result, it is very difficult to obtain an 

accurate value of .
f

  However, it is believed that 

Equ.3 and Equ.4 could ensure reasonable results. 

Besides, the triaxiality may be very high when 

different materials are modeled together in the RVE 

model. However, it is almost impossible to do a test 

with very high triaxiality state. In fact, it is 

reasonable to assume a cut off value for 
f

  when the 

triaxiality is very large, as in this case the ductile 

damage theory is not valid any more. At the same 

time, it is assumed that nylon 6 will not damage 

when the triaxiality is negative (corresponding to 

compression test) which is based on experimental 

work [20]. The 
f

   relationship is plotted in Fig. 

4. For the fracture evolution, Hillerborg’s [21] 

fracture energy proposal was adopted to allay the 

mesh sensitivity problem. As complete fracture 
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occurs quickly after facture initiation, the fracture 

energy G was set to be a trivial value. 

2.3 Traction-separation law  

The damage of the gallery layer mimics clay 

splitting and the fracture of interphase layer denotes 

debonding between the clay and matrix in the nylon 

6/clay nanocomposites. The damage process of these 

two layers was governed by a traction-separation 

law or the so-called cohesive zone model. The 

traction-separation law is based on the assumption 

that the elements are characterized by progressive 

degradation of the material stiffness. The traction-

separation law is often applied for delamination 

modeling. Examples of applying the cohesive zone 

model to delamination modeling are reported in [22-

24]. It should be noted that the traction-separation 

law is initially designed for interfaces with 

negligible thickness. Since the gallery layer and 

interface layer have relatively large aspect ratio, it is 

reasonable to apply the traction-separation law to 

these two interfaces.  

The damage process requires accurate 

characterization of the interfacial or bonded material. 

However, in the nylon 6/clay nanocomposites, the 

deformation procedures of the gallery layer and the 

interphase layer are quite hard to determine through 

experimental measurements. In this condition, 

followed the work by Chen et al. [25] MD 

simulations were performed to estimate the traction-

separation law for the gallery layer and the 

interphase layer. Detailed procedures for performing 

MD simulations can be found in [25]. 

The corresponding traction-separation laws obtained 

from MD simulations are presented in Fig.5 and the 

degradation parts are expressed by fitting curves as: 

 
2.4

228 1
g

coh

c
 



  u     (5) 

For the interphase layer,  

 
2.3

250 1
i

coh

c
 



  u     (6) 

where, ,  g i

coh coh
   are the cohesive stress of the 

gallery layer and the interphase layer corresponding 

to the effective displacement u. The tensile strength, 

denoted as ,c
  of the gallery layer and the 

interphase layer is 146MPa and 135MPa 

respectively according to the MD simulations. The 

elastic modulus of gallery layer and interphase layer 

were defined as the ratio of the MD cohesive 

strength c
  to the corresponding strain prior to 

damage initiation. Values of 2.06GPa
g

coh
E  and 

2.71GPa
i

coh
E   were obtained. The most important 

two parameters for a traction-separation law are the 

cohesive strength and fracture toughness. In this 

study, these two parameters are coupled. When 

study the influence of gallery/interphase strength, 

the shape of the traction-separation law would be 

unchanged.  

For prediction of damage initiation, a stress-based 

quadratic criterion is selected. It can be written as: 

     
2 2 2

/ / / 1
c c c

n n s s t t
t t t       (7) 

where, 
n

t is the nominal traction stress component 

along normal direction, ,  ,
s t

t t represent the two shear 

tractions. ,  ,  and  
c c c

n s t   are the cohesive strengths 

at which interface failure takes place. In this study, 

the cohesive strengths are assumed to be equal in all 

directions. For modeling damage evolution, a 

damage variable D is specified as a function of the 

effective displacement. 

2.4 Dynamic explicit formulation 

Traditionally, the implicit FEM method often fails 

when material instabilities are involved that would 

lead to localized failure problems. Nevertheless, 

finite element codes based on dynamic explicit 

formulation are favored for solving incremental 

fracture of materials although implicit codes yield 

more accurate results for quasi-static problem. The 

dynamic explicit method also has other advantages 

compared with the implicit method, i.e., they have 

low memory requirement. 

Many researchers have used dynamic explicit finite 

element method to study the fracture mechanisms of 

composite under quasi-static loading. Zhang et al. 

[26] used the explicit FEM to study fracture 

mechanism of carbon fiber reinforced epoxy 

composites which were subjected to transverse 

loading. Fan et al. [27] analyzed the fracture 

mechanics of hydroxyapatite (HA) reinforced 

polyetheretherketone (PEEK) by implementing the 

explicit FEM. Siad et al. [28] studied the softening 

behavior of porous ductile solids through explicit 

FEM codes. In this proposal, the dynamic explicit 

FEM was implemented to study the constitutive 

relationship and damage behavior of 

nanocomposites subjected to quasi-static uniaxial 

stress tensile loading. 

Dynamic explicit finite element formulation has 

been reported by many authors and can be reviewed 

in [29, 30]. The general form of the principle of 

virtual work is described as follows:  
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0
ij ij i i i i i i

S
d u u d b u d t u d     

  
       

      (8) 

Where u and u  represent the displacement and 

accelerate vectors,   denotes mass density, b and t 

are the body and surface force vectors. u  and   

denote the virtual displacement and virtual strain.   

and S denote the volume and surface which are 

under study. The above equation contains terms for 

internal work, inertia work, work done by the body 

force, and work done by the surface force. By the 

discretions of the model with finite element mesh, 

introducing material behavior model, and 

incorporating the element shape function and 

dynamics of the body, the equilibrium formulation 

of the above equation can be expressed as: 

 1

t t t


 u M P I     (9) 

Where M is the mass matrix, P is the applied force 

vector and I is the internal force vector. A lumped 

mass is used because its inverse is not needed and 

the solution can been directly obtained by solving 

uncoupled linear equations. Therefore, the explicit 

procedures required no iterations and no tangent 

stiffness matrix. The equation of motion at the time 

t t   can be obtained by integrating over time by 

using Equ.9 together with the central difference 

method: 

  2
2 /

t t t t t t
t

 
   u u u u    (10) 

  / 2
t t t t t

t
 

  u u u     (11) 

and the initial condition is given as: 
2

0 0 0
/ 2

t
t t


  u = u u u    (12) 

The explicit procedure integrates through time by 

using many small time increments. The central-

difference operator is conditionally stable. The 

stability limit is approximated to be:  

min

d

L
t

c
       (13) 

where, 
minL is the smallest element dimension in the 

FE model and dc  is the dilatational wave speed 

which can be written as: 

ˆ ˆ2
d

c
 




      (14) 

Here,  is the density of the material. In an isotropic 

and elastic material the effective lame’s constants 

can be defined in terms of Young’s modulus, E and  

Possion’s ratio   by   ˆ / 1 1 2E       and 

 ˆ / 2 1 .E    Combining the Equ.13 and Equ.14, 

we can obtain: 

ˆ ˆ2
t



 
 


     (15) 

In the Abaqus explicit solver, as can be seen from 

Equ.15 the computational incremental time can be 

increased by mass scaling. In our model, since the 

elastic stiffness of silicate layer is much higher than 

that of the gallery layer, the interphase layer and the 

nylon 6, mass scaling is used for silicate layer. The 

kinetic energy should be checked at the end of the 

simulation to ensure that the kinetic energy does not 

exceed a small fraction of the total strain energy 

(internal energy).   

2.5 Boundary conditions and homogenization 

method 

Simulation of the RVE under uniaxial stress was 

carried out and compared with actual experimental 

results. The displacement boundary condition was 

applied to the surface nodes of the meshed RVE. 

Denoting the dimensions of the generated RVE 

model are ,
x

L  
y

L  and ,
z

L  the displacement 

boundary conditions can be expressed as, 

(0, , ) 0,

( , 0, ) 0,

( , , 0) 0,

( , , )
y y

u y z

v x z

w x y

v x L z 









     (16) 

where, 
y

  is the prescribed displacement for uniaxial 

loading along the Y axis;
x

  and 
z

  are computed 

from the condition that the average stress on the 

surfaces ,
x

x L  0x  , 
zz L  and 0z   are equal to 

zero, as: 

 
0 0

, , 0

y z
L L

x x
L y z dydz      (17) 

 
0 0

0, , 0

y z
L L

x
y z dydz      (18) 

 
0 0

, , 0

yx
LL

z z
x y L dxdy      (19) 

 
0 0

, ,0 0

yx
LL

z
x y dxdy      (20) 

where,  , , ,
x x

L y z   0, ,
x

y z and  , , ,
z z

x y L  

 , ,0
z

x y  are the stress distribution acting on the 

surface ,
x

x L  0,x   
z

z L  and 0.z   These zero 

resultant force conditions were enforced by 

multipoint constraint equations.  
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Homogenized variables at the macroscopic scale are 

obtained by volume averaging of variables in the 

RVE. The macroscopic nominal stress σ  and 

strain ε can be calculated from [31],  

1

m

m

m

d


 


σ σ     (21) 

1

m

m

m

d


 


ε ε     (22) 

Where, 
m

σ  and 
m
ε  are microscopic nominal stress 

and strain vectors.
m

 is the volume of the RVE. For 

this specific problem, the macroscopic nominal 

stress and strain can be obtained by: 

,R y

y

x z

f

L L
 


     (23) 

y

y

y
L


       (24) 

where, 
,R y

f  is the reaction force on the top surface. 

3 Results  

The response of the RVE model to quasi-static 

uniaxial stress loading was solved by explicit FEM. 

The elastic stiffness of nylon 6/clay nanocomposites 

has been well documented. However, experimental 

data for constitutive relationship of nylon 6/clay 

nanocomposites often varies over a large range due 

to different manufacturing techniques and 

environment conditions, i.e., humidity. Prior to the 

comparison of numerical predictions with the 

experimental data for constitutive relationship, 

experimental results for the elastic modulus were 

used for benchmarking. 35 clay particles were 

randomly and periodically inserted in each RVE 

model which is considered to ensure that the RVE is 

large enough to be statistically representative of the 

nanocomposites. The Young’s modulus and 

Possion’s ratio of the silicate layer are 400GPa and 

0.16. It can be seen from Fig. 6 the elastic modulus 

obtained from the numerical prediction are close to 

the experimental data [7]. The predicted elastic 

modulus increases with clay content, suggesting that 

the elastic modulus of the nanocomposites will be 

enhanced by the addition of nanoclay particle. 

3.1 Damage analysis 

As presented in Fig.7, the predicted constitutive 

relationship of the nylon 6/clay model with 2.5% 

weight fraction of nano-clay was observed to be in 

good agreement with experimental data [7]. The 

fracture patterns of this RVE model were shown in 

Fig.8. In the Fig.8, SDEG means stiffness 

degradation factor and the cohesive element is 

regard as totally damaged and would be deleted 

when this value reaches 1. When subjected to a 

uniaxial load, the interphase layer goes into damage 

firstly. After the interphase has been removed, the 

formed void will lead to increase the triaxiality for 

the nearby polymer matrix, which will accelerate the 

development of this area of polymer matrix damage. 

Upon further loading, the microcracks would then 

propagate into the matrix and finally form a 

macrocrack. The numerical model can successfully 

reflect the fracture patterns observed in [7].  

3.2 Effect of interphase and gallery strength 

In this section, the nanocomposites properties with 

2.5% weight fraction of nano-clay as a function of 

the gallery and the interphase strength are presented. 

The tensile strength of the gallery layer and 

interphase layers are equal to 135MPa and 146MPa 

respectively according to the MD simulation. 

However, the actual cohesive strength is expected to 

be equal or lower than the tensile strength obtained 

from MD simulations due to the presence of defects. 

The cohesive strength is scaled by a factor, 
g

K or 
i

K  

(0 1,  0 1)g iK K    to account for this. When 

changing these two defect factors, they are assumed 

to be equal to each other. As can be seen from Fig.9, 

the elastic modulus of nanocomposites will not be 

affected significantly. However, the damage stage of 

the nanocomposites will occur earlier as cohesive 

strength decreases. It means that microcracks are 

easily formed due to the weaker gallery and 

interphase strength. If the clay particles are well 

distributed into the epoxy matrix during the 

manufacturing process, i.e., no agglomeration of 

clay particles, the effects of strength of the gallery 

layer and the interphase layer could explain why the 

experimental data for the constitutive relationship of 

nylon 6/clay nanocomposites shows a large 

variation. 

4 Conclusion  

The constitutive relationship and the damage 

behavior of nylon 6/clay nanocomposites were 

studied by a hierarchical multiscale modeling 

method implemented with a 3D RVE model and 

explicit FEM. The predicted results of constitutive 

relationship and fracture patterns are close to the 

experimental data reported in literature. It suggests 

that this method could be successfully applied to 

study nylon 6/clay nanocomposites and possibly 
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other polymer/clay nanocomposites. The strength of 

the gallery layer and the interphase layer will 

significantly affect the strength of the nylon 6/clay 

nanocomposites, which could explain why the 

constitutive relationship of nanocomposites often 

shows a much large variation in the experiments 

than elastic properties. 

 

hg

hi

Silicate

Gallery

 d

Clay particles

Interphase

hs

(a) (b)

 
Fig.1. (a) Schematic view of nano-clay particle (b) RVE 

model of nylon 6/clay nanocomposites. 

 

   
Fig.2. Test specimens for generating different stress 

triaxiality. The specimens have the same diameter (4 mm) 

at the minimum cross section. From left to right R= 1mm, 

2mm, 4mm, 8mm, smooth. 

 

 
Fig.3. Experimental set up for tensile test. 

 

 
Fig.4. Fracture locus of nylon 6. Experiments vs. curve 

fitting. 

 

 
Fig.5. Traction-separation law for the gallery layer and 

the interphase layer. 

 
Fig.6. Elastic modulus of nylon 6/clay nanocomposites 

with various weight fraction of nano-clay. 
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Fig.7. Stress-strain curves of nylon/clay nanocomposites 

with 2.5% weight fraction of nano-clay. 

 

 

Fig.8. Macrocrack formed by the coalescence of 

interphase debonding and matrix damage 

 

 
Fig.9. Effect of strength of the interphase layer and the 

gallery layer.  
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1 Introduction  
Carbon based reinforcements including macroscopic 
carbon fiber, micro-scale carbon sheet and nano-
scale carbon nanotube/fullerene/graphene, have 
stimulated tremendous interest in developing the 
light-weight and high performance polymer matrix 
composites.1-3 Assembling macroscopic carbon fiber 
and micro-/nano-filler together (called grafting) will 
realize the hierarchical reinforcements. The 
hierarchical reinforcement, on one hand, could 
remarkably improve the interface shear strength of 
carbon fiber composite.4, 5 On the other hand, the 
hierarchical reinforcement could benefit the uniform 
dispersion of nano-scale reinforcement (resting on 
carbon fiber) in nanocomposites.6 The graphene or 
graphene oxide has more excellent mechanical 
properties and larger specific surface area than 
carbon nanotube, which opens up the new insight to 
assemble new hierarchical reinforcement. Larger 
specific surface area supplies stronger connection 
between CF and polymer. Meanwhile, the uniform 
distribution of GO on CF surface allows a good 
dispersion of GO in polymer around CF. 
we proposed a new hierarchical reinforcement 
consisting of GO and CF. The GO was chemically 
and uniformly grafted onto CF, in between which 
the poly(amido amine) (PAMAM) dendrimer acted 
as the “bridge”, as shown in Fig. 1. 

 
Fig. 1 Scheme: The schematic of grafting procedures. 

2 Results and Discussion 

2.1 Surface morphologies 

Atomic force microscopy (AFM) (Fig. 2 (a)) reveals 
the thickness of wrinkled graphene oxide used for 
grafting is around 1.5 nm. The surface morphologies 
of CF before and after grafting GO were observed 
by field emission scanning electron microscope 
(FESEM), as shown in Fig. 2. We can see that 
different sizes GO sheets are attached to CF surface, 
which forms a new hierarchical structure. We 
zoomed in the hierarchical reinforcement and found 
that the most GO sheets were attached along the CF 
axial direction. Interestingly, quite a number of GO 
sheets are stably standing onto carbon fiber, as 
observed in Fig. 2. The size of GO sheets are micro-
level and most of them are regular. 

 
Fig. 2 (a)AFM image of graphene oxide, FESEM 
images for the CFs: (b) Acid-treated CF, (c) 
PAMAM-absorbed CF, (d)(e)(f)(g) GO-grafted CF. 
 
To explore the interface of the GO sheets on the CF, 
this new hierarchical structure was observed by 
transmission electron microscopy (TEM) as shown 
in Fig. 3. The GO stably stands on the CF surface, as 
shown in Fig. 3 (a), supplying the opportunity that 
GO could penetrate into the polymer matrix and 
locally stiffen the interface of the resulting 
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composites. The high magnification of the interface 
between GO sheet and CF was demonstrated in Fig. 
3 (b). There a nano layer about 10 nm thick is visible 
between GO sheet and CF, which should be 
PAMAM layer. This reveals the direct evident that 
the new interface structure is CF-PAMAM-GO. 
Namely, the GO was grafted onto CF through 
PAMAM layer. 

 
Fig. 3 TEM of GO-grafted CF 

2.2 Surface chemical analysis 

 
Fig. 4 XPS curve fitting of (a) C1s peak (b) N1s 

peak. 
The elemental chemical states of grafting process 
were assessed by X-ray photoelectron spectroscopy 
(XPS). The results conclude the chemical reactions 
happened between PAMAM and CF, GOs and 
PAMAM. Namely, the GOs were chemically grafted 
onto the CF by PAMAM bridging as shown in Fig. 4. 

 
Fig. 5 (a) Contact angle of different CF samples for 
two liquids, (b) Surface free energy of different CF 

samples. 
The surface free energy shows an obvious increase 
from 29.9 mJ/m2 to 67.0 mJ/m2 after the absorption 
of PAMAM onto CF in comparison with acid treated 
CF, and shows a little decrease from 67.0 mJ/m2 to 
59.7 mJ/m2 after GO-grafted, as shown in Fig. 5.the 
new hierarchical reinforcement can acquire an 
improved interfacial wettability by massive 
functional groups and the surface topography. 
In summary, a new hierarchical reinforcement was 
realized by grafting GO sheets onto carbon fibers. 
The GO sheets are uniformly distributed onto CF. 
This new hierarchical reinforcement has potential 
application in high performance polymer composites 
with excellent interfacial properties. 
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1 General Introduction  
The strength and flexibility of carbon nanotubes 
(CNTs) allow them to be constructed into a variety 
of innovated architectures with fascinating 
properties [1-6]. Here, we show that CNTs can be 
made into a highly twisted yarn-derived double-
helix structure by a conventional twist-spinning 
process. The double-helix is a stable and hierarchical 
configuration consisting of two single-helical yarn 
segments, which unique mechanical properties. 
While one of the yarn component breaks early under 
tension due to the highly twisted state, the second 
yarn produces much larger tensile strain and 
significantly prolongs the process until ultimate 
fracture. In addition, these elastic and conductive 
double-helix yarns show simultaneous and reversible 
resistance change in response to a wide range of 
input sources (e.g. mechanical, optical and thermal) 
such as applied strains or stresses, light illumination 
and environmental temperature. Our results indicate 
that it is possible to create higher-level, more 
complex architectures from CNT yarns and fabricate 
multifunctional nanomaterials with potential 
applications in many areas. 

2 Experimental Method 

We fabricated double-helix CNT yarns by 
continuously spinning a single-walled nanotube film 
through two over-twisting steps, as illustrated in 
Figure 1a. The horizontally suspended CNT film 
was first spun into a straight yarn by an electric 
motor, then over-twisted into a single-helical yarn 
with a spiral shape, and further over-twisted into a 
double-helix made of two helical yarn segments. 
The CNTs in the initial film were random and now 
were aligned within the double-helix due to the 
strong twisting process. 

 
Figure 1. Fabrication and characterization of double-helix 
CNT yarns. (a) Illustration of a spinning process. (b) 
Illustration of the double-helix consisting of two single-
helical yarns twisted together. (c) SEM image of a long 
and uniform double-helix. (e) Enlarged view of the highly 
twisted double-helix. (f) High-magnification SEM image. 

3 Results and Discussion 

3.1 Mechanical properties analysis  

We performed mechanical tests on these double-
helix CNT yarns to study their fracture mechanism 
and energy absorption during stretching. Tension 
tests on more than 10 samples with different yarn 
diameters revealed that the two helical yarns making 
the double-helix always broke one after the other, 
with a large difference in respective tensile strains. 
The overall toughness could be calculated by the 
two areas enclosed under the two linear stages, 
and in general the area of stage II (A2 =17∼26 
J/g) was larger than that of stage I (A1 =7-15 J/g) 
for double-helices with different yarn diameters. 
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Figure 2. Mechanical testing on double-helix CNT yarns. 
(a) Illustration of the tensile testing process including two 
stages. (b) Load-displacement curves of two double-
helices. (c) Illustration of the tensile strengths, strains, 
areas under each loading stage. (d) Calculated areas 
(toughness) under the loading curves at two stages. 

3.2 Electrical properties analysis 
Our multifunctional double-helix CNT yarns were 
elastic and electrically conductive, with clear 
response to various sources such as mechanical 
strain, and environmental temperature.  

 
Figure 3. Properties and potential applications of CNT 
double-helix CNT yarns  (a) Tensile load-time curve. (b) 
Recorded yarn resistance change during repeated stress 
cycles. (c) Illustration of a double-helix configured as a 
thermocouple to sense the temperature (T) increase in a 
heat source. (d) Resistance values recorded in three 
different double-helix yarns during temperature increase 
from 40 to 120 °C. 

The resistance was measured through the entire yarn 
length (L) from one end to the other end of the 
double-helix. Three samples with different yarn 
diameters and lengths all displayed similar linear 
behavior in this temperature range, with calculated 
slopes in the range of 0.08 to 0.14 Ω/°C (Fig. 3c, d). 
The results indicated that heating at the tip could 
effectively change the resistance through the double-
helix, and unexpectedly, producing a linear R-T 
relationship. 

In conclusion, we adopted a simple and controllable 
method to produce double-helix CNT yarns with 
neat structure and distinct two-stage fracture 
behavior, which would be important for designing 
structures to prevent catastrophic failure. These 
double-helix structures demonstrated potential 
applications as strain sensors, optical detectors and 
thermocouple-like devices. Given the mechanical 
strength, and flexibility of CNT yarns, there is a 
great promise to fabricate hierarchical and more 
complex architectures and to explore their 
applications in many areas such as sensors, actuators, 
fiber-shape devices and electrodes. 
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1 Introduction  
Since Iijima’s discovery of CNTs [1], numerous 
studies have been conducted related to the 
development of CNT composite materials due to 
their superior properties. CNT composites have been 
developed to exploit the superior properties of the 
CNTs in a laboratory setting, but they have not yet 
proved commercially viable due to difficulties in 
mass production [2]. An excellent dispersion of 
CNTs, which is easily managed in laboratory 
experiments, is difficult to mass produce 
manufacturing CNT composites with improved 
mechanical and electrical properties [3]. The mass 
production of CNT composites with enhanced 
thermal properties is also difficult due to the 
imperfect contact among the CNTs in the 
composites [4,5]. A continuous CNT mat, which can 
prevent both the poor dispersion of the CNTs and 
the imperfect contact among the CNTs in the 
composites, has been studied to overcome the 
problems of mass producing CNT composites. 
Continuous CNT mats are commonly produced by 
vacuum filtration of a dispersed CNT suspension 
and can be used for diverse applications such as 
actuators [6], electrodes [7], gas separators [8], and 
sensors [9], etc. Highly conductive composites with 
excellent mechanical properties can be fabricated 
using a continuous CNT mat filler because the CNTs 
in the CNT mat composites are uniformly dispersed 
and are in direct contact. Many researchers have 
reported the production of CNT mat composites 
through the use of various processes such as electro-
spinning [10], hot compression [11], intercalation 
[12,13], and through-thickness infiltration [14,15] 
with various polymer resins such as epoxy [14,16], 
polycarbonate [15,17], polyether-ether-ketone [10], 
polystyrene and polyvinyl alcohol [12,13]. The 
mechanical, electrical, and thermal properties of the 

CNT mat composites depend on the degree of 
impregnation, the quality of the polymer resin, the 
content of the CNT mat, the properties of the 
interface between the CNT mat and the polymer 
resin, and characteristics of the CNT mat [18]. 
Thermoset CNT mat composites impregnated with a 
low-viscosity epoxy resin are commonly used 
because they eliminate the processing problems that 
arise from the nano structure and properties of the 
CNT mat, which hinder fabrication of thermoset 
CNT mat composite. The advantages of thermoset 
CNT mat composites include heat resistance and 
high-temperature mechanical properties. However, 
weaknesses exist such as non-recyclability of the 
products, low productivity due to a long curing 
process and difficulty in preparing complex products. 
Although recyclable thermoplastic CNT mat 
composites can be easily and rapidly manufactured 
using extrusion and injection molding, the CNT 
content in the mat composites is limited due to the 
low processability and high viscosity of the 
thermoplastic resins. This study reports a fabrication 
method to enhance the processability of a 
thermoplastic CNT mat composite developed using 
in- situ polymerizable low-viscosity CBT oligomers. 
In addition, the processing and structure property 
relationshipss of the prepared CNT mat composites 
were investigated. 
 

2 Experimental 

2.1 Materials 

A CNT mat (Nanocomp Technologies Inc., 
Merrimack, NH, USA) and CBT (CBT 160, Cyclics 
Co., Schenectady, NY, USA) were used as the 
incorporated filler and polymer matrix, respectively, 
in the preparation of a thermoplastic CNT mat 
composite with improved properties. Individual 
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multi-walled CNTs (MWCNTs) with lengths of 
approximately 1 mm were grown using a typical 
chemical vapor deposition method. The MWCNTs 
were loosely collected by a rolling conveyor system 
and pressed into a dense mat-like structure [19]. The 
density of the CNT mat was approximately 0.25 
g/cm3, and its free- volume fraction and thickness 
were approximately 86 % and 65 µm, respectively 
[20]. The large free-volume fraction enhanced the 
wettability of the CNT mat with the polymer matrix. 
The CBT 160 resin was a mixture of CBT powder 
and a polymerization catalyst. The CBT oligomer 
mixture consisted of butylene groups that varied in 
number from two to seven and resulted in a melting 
range of 130 to 150 ℃ with a low melt viscosity of 
approximately 20 cps. At temperatures above 160 ℃, 
an entropically driven ring-opening polymerization 
occurred in the cyclic oligoesters, and the 
completely polymerized oligoesters were converted 
into pCBT with a structure that resembled 
poly(butylene terephthalate). The density of the 
pCBT was 1.3 g/cm3, and the CBT 160 resin was 
dried overnight at 110 ℃ to remove any moisture 
that could interfere with the polymerization [21]. 

2.2 Composite Preparation 

A fixed quantity of CBT 160 powder was scattered 
onto a stainless steel mold, and the CNT mat was 
placed onto the scattered powder. A second fixed 
quantity of CBT 160 powder was scattered onto the 
CNT mat, and the stacked material was compressed 
with a heating press (D3P-20J, Dae Heung Science, 
In-Chon, Korea) under various pressing conditions 
to investigate the processing conditions, and 
structure property relations of the prepared CNT mat 
composites. The processing conditions are 
summarized in Table 1. 

2.3 Electrical Conductivity 

The four-probe method, according to ASTM D 257 
(FPP-RS8, DASOL ENG, Cheong-Ju, Korea), was 
used to evaluate the electrical conductivity of the 
CNT mat composites under ambient conditions. A 
voltage drop of 500 V was applied between the 
center and the boundary of a sample, and the 
resistivity of the sample was obtained by measuring 
the output current. Electrical resistivity was 
calculated using the following equation [22]: 

iL

Vwt
R


                               (1) 

in which R is the electrical resistivity, △V is the 
voltage drop over a distance of 6 mm, w is the width, 
t is the thickness, i is the current and L is the length. 
The electrical conductivity was calculated by taking 
the inverse of the resistivity and is given in units of 
Sm−1. 

2.4 Molecular Weight and Degree of Conversion 

Gel permeation chromatography (GPC, HLC-8320 
GPC EcoSEC, Tosoh Co., Tokyo, Japan) was used 
to evaluate the rate of conversion from CBT to 
pCBT. The measurements were conducted with a 
solvent mixture of chloroform and hexafluoro-2-
isopropanol at a weight ratio was 98/2 and a flow 
rate of 0.8 mL/min at 20 ℃. Two Waters PL HFIP-
gel columns were utilized, and the chromatograph 
was connected to a Waters 484 UV detector working 
at 254 nm. A universal calibration was carried out 
using various polystyrene standards to relate the 
retention time to the molecular weight. Samples 
were prepared by dissolving 2 mg of resin in 80 µL 
of HFIP. The HFIP solution was then diluted with 4 
mL of chloroform after total dissolution of the resin. 
The conversion rate was obtained based on the GPC 
measurements by comparing the quantity of 
oligomers remaining to the quantity of polymers 
according to Eq. (2): 

tot

oil

A

A
 1                              (2) 

in which oilA  is the area under the oligomer peaks in 

the retention time curve and totA  is the total area 
under the retention time curve. 

2.5 Morphology 

Field emission scanning electron microscopy (FE-
SEM, JSM-6701F, JEOL USA Inc., Peabody, MA, 
USA) was used to observe the morphology of the 
CNT mat composite surfaces. The surfaces of the 
composites were coated with platinum using a 
sputter coating machine (Ion Sputter E-1030, Hitachi 
High Technologies Corp., Japan) under vaccum for 
200 sec and observed via SEM at 15.0 kV. 

2.6 Weight Fraction 
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PAPER TITLE 

Thermo gravimetric analysis (TGA, Q50, TA 
Instrument, New Castle, DE, USA) was used to 
determine the weight fraction of the incorporated 
CNT mat in the CNT mat composites under a 
nitrogen atmosphere over a temperature range of 40 
to 900 ℃ at a heating rate of 10 ℃/min. 

2.7 Thermal Diffusivity 

A thermowave analyzer (BETHEL Co., Ltd, Ibaraki, 
Japan) was used to measure thermal diffusivity of 
the CNT mat composites in both the in- and out-of- 
plane directions. The sample surface was irradiated 
with a laser, tieP 

0 , and found to have a thermal 
diffusivity of α. The temperature at the surface 
was ti

c eTT 
 0 , and the temperature diffusion was 

calculated as follows:  
 krtikr

c e
rc

P
T  
 4

0                       (3) 

in which c is the heat capacity, r is distance from the 
heat source, and k is 





 1
2

 
fk                          (4) 

in which μ is the thermal diffusion length. Therefore, 
the phase lag could be derived as follows: 

 rf  
                             (5) 

The distance-variation and frequency-variation 
methods were used to measure the in-plane and out-
of-plane thermal diffusivity of the CNT mat 
composites, respectively. 

2.8 Crystalline Structure 

Wide-angle X-ray diffraction (WAXD) 
measurements were performed to investigate the 
crystalline structure of the CBT and pCBT resins 
using an X-ray diffractometer (M18XHF-SRA, 
MAC Science Co., Tokyo, Japan) with Ni-filtered 
Cu Kα X-rays (λ = 0.1542nm), and the diffraction 
intensity was recorded via continuous scanning at a 
rate of 0.02o s−1 over the range of 10 o < 2θ < 40 o (θ 
= the Bragg angle). 

2.9 Mechanical Properties 

Tensile tests were performed according to ASTM D 
882 [23] with a universal testing machine (Instron 
5567A, Instron Co., Norwood, MA, USA). The 
specimen dimensions were 25 mm (L) × 2.5 mm 
(W), and the gage length was 15 mm. The samples 

were affixed to a paper-board frame and the sides of 
the frame were attached to the tensile test machine to 
protect the samples and to ensure proper alignment 
during the tests. 
 

3 Results and Discussion 
The electrical conductivity measured using the four-
probe method depends largely on the resistance and 
thickness of the sample; therefore, the electrical 
properties of the CNT mat composites are 
summarized in Table 1 in terms of resistance, 
thickness and conductivity. The electrical 
conductivity was enhanced by increasing the 
compression pressure and a relatively large 
improvement was observed in the CNT mat 
composites prepared under low compression 
pressures. Table 1 provides confirmation that the 
large improvement was due to the considerable 
reduction in resistance of the CNT mat composites 
prepared under compression pressures of 0.5, 9 and 
18 MPa. A relatively small improvement was 
observed for the CNT mat composites prepared 
under high compression pressures due to the 
reduction in thickness of the CNT mat composites 
prepared under compression pressures of 18, 27 and 
36 MPa. A large difference was noted in the 
electrical conductivities of the CNT mat composites 
prepared under 36 MPa at 250 ℃ for 2 min and 
under 36 MPa at 190 ℃ for 40 min. The electrical 
conductivity of the quenched composites prepared 
under 36 MPa at 250 ℃ for 2 min was much higher 
than that of the composites cooled by air convection. 
A CBT oligomer resin was polymerized at a 
temperature above 160 ℃ and was converted into 
pCBT. Because the conversion rate from CBT to 
pCBT can significantly affect the properties of a 
composite, one must measure the conversion rate 
from CBT to pCBT with respect to the processing 
temperature. The conversion rate could not be 
evaluated using differential scanning calorimetry 
because the polymerization of the oligomer resin 
was an entropically driven non-exothermic reaction. 
Hence, the conversion rate was determined via GPC, 
a method used to measure the molecular weight of 
organic materials. The evaluated temperature range 
was limited between 160 to 250 ℃  because 
polymerization did not occur at temperatures below 
160 ℃ , and the polymerization was too rapid at 
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temperatures higher than 250 ℃, resulting in non-
uniform and poor-quality specimens. Most of the 
oligomers were considered to be converted into 
polymers at 250 ℃ after 2 min and at 190 ℃ after 
40 min, respectively. Thus, a long processing or 
cooling time adversely affected the electrical 
conductivity of the CNT mat composite as 
confirmed by the electrical conductivity of the 
composites prepared under applied pressure of 36 
MPa at 250 ℃ for 2 min, which exhibited excellent 
results compared with a recently reported reference 
[18]. 
The surface morphology of the CNT mat composites 
was observed via SEM to investigate the significant 
reduction in the resistance of the composites. No 
CNTs were observed on the surface of the CNT mat 
composite prepared under a compression pressure of 
0.5 MPa, whereas part of the continuous CNT mat 
was evident on the surface of the CNT mat 
composites prepared under compression pressures of 
9, 18, 27 and 36 MPa. The CNTs were not fully 
connected when prepared under compression 
pressure of 9 MPa, but were fully connected in the 
CNT mat composites prepared under compression 
pressures of 18, 27 and 36 MPa. Given the resistance 
of the CNT mat composites in Table 1, direct 
contact between the four probes and the surface of 
the fully contacted quenched CNT mat composites 
prepared at 250 ℃ over 2 min, yielded resistances of 
2.0~2.1 Ω. Therefore, the considerable decrease in 
the resistance of the CNT mat composites prepared 
under compression pressures of 0.5, 9 and 18 MPa 
was due to the development of fully connected 
CNTs on the surface of the CNT mat composites. 
Because the weight fraction of the CNT mat in the 
CNT mat composites was affected by the 
compression pressure, and because it can influence 
the electrical conductivity of the CNT mat 
composite, the weight fraction was analyzed using 
TGA. The weight residue with respect to the 
temperature of the CNT mat composites is shown. 
As expected, the weight fraction increased with 
increasing compression pressure. Therefore, the 
differences in the electrical conductivities of the 
CNT mat composites prepared under compression 
pressures of 18, 27 and 36 MPa were attributed to 
the reduction in the thickness of the composites that 
occurred with the decrease in the pCBT fraction as 
the compression pressure increased. The 

considerable reduction in the electrical conductivity 
of the CNT mat composites prepared under long 
processing or cooling times can be explained by the 
morphology results shown. The electrical 
conductivity was affected by the increase in sheet 
resistance caused by the morphology and the 
thickness of the composite specimens due to 
extended impregnation times for the matrix. 
The thermal conductivities of the CNT mat and CNT 
mat composites are shown. A noticeable anisotropy 
occurred between the thermal conductivities in the 
in-plane and out-of-plane directions. The thermal 
conductivity of the CNT mat in the in-plane 
direction was 10,000 times larger than that in the 
out-of-plane direction. In the case of the composites, 
the anisotropy of the thermal conductivity was 
between 10 and 100 times. The thermal conductivity 
of the composites in the out-of-plane direction was 
not significantly affected by the processing 
conditions, and, as with the electrical conductivity, 
the in-plane direction was improved by increasing 
the compression pressure. This result indicated that 
the excellent thermal conductivity in the in-plane 
direction of the CNT mat composites prepared under 
high compression pressure could be attributed to the 
improved phonon transfer in the continuously 
connected CNT mat due to the alignment caused by 
the high compression pressure. Heat transfer in CNT 
composites is known to progress through phonon 
transfer; a previous study reported that heat was 
transported along the CNTs in CNT composites 
utilizing their high aspect ratio, and was exchanged 
at the nanotube tips [24]. The thermal diffusivity of 
the pristine CNT mat in the in-plane direction was 
between that of silver and copper. The thermal 
diffusivity in the in-plane direction of the CNT mat 
composites prepared under a compression of 36 MPa 
at 250 ℃ for 2 min was greater than that of alumina, 
which is a ceramic material. This historic result was 
achieved by the continuously and completely 
connected CNTs in the incorporated CNT mat. 
Previous studies [4,25] reported that the 
disappointing thermal conductivity in the CNT 
composites could be due to high contact resistance 
caused by the small contact area or incomplete 
contact between the CNTs. 
As with the electrical conductivity, a substantial 
reduction in the in-plane thermal diffusivity of the 
CNT mat composites occurred with long processing 
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or cooling times though the development of a 
crystalline polymer structure is generally believed to 
have a positive effect on phonon transfer and the 
crystalline structure of the composite specimens 
prepared under long processing or cooling times was 
much more developed. Chen et al. [26] insisted that 
the phonon transfer in CNT composites progresses 
through the three-dimensionally thermally 
conductive pathways developed by the CNT fillers 
because the movement of phonons from the CNTs to 
the polymer matrix is limited due to the large 
interfacial resistance between the CNTs and the 
matrix. These results implied that the reduction in 
the in-plane thermal diffusivity of the composites 
prepared under long molding and cooling times 
could be attributed to the alignment of the CNT mat 
incorporated into the composites in the in-plane 
direction, which was randomized by heat. The 
alignment of the CNT mat in the composites was 
more important in determining the in-plane thermal 
diffusivity of the composites than the development 
of crystalline structure of the polymer matrix. 
The mechanical properties of the CNT mat 
composites is shown with respect to the processing 
conditions. As the processing pressure increased, the 
tensile strength and modulus gradually increased 
until becoming saturated at compression pressures 
above 27 MPa. As with the electrical conductivity 
and thermal diffusivity, longer processing and 
cooling times adversely affected the mechanical 
properties. Because crystallization of the polymer 
matrix generally improves the mechanical properties 
of a composites, a reduction in the mechanical 
properties of the composites prepared under long 
molding and cooling times could be attributed to the 
alignment of the CNT mat incorporated into the 
composites in the in-plane direction, which was 
randomized by heat. Additionally, the alignment of 
the CNT mat in the composites was more important 
in determining the mechanical properties of the 
composites than the development of crystalline 
structure of the polymer matrix. From these results, 
the optimum processing conditions, to obtain 
excellent electrical, thermal and mechanical 
properties in the CNT mat composites, involved the 
combination of high compression pressure, short 
processing time and quenching to induce an 
alignment of the CNT mat in the in-plane direction 
of the composites.   
 

4 Conclusion 

In- situ polymerizable and low-viscosity CBT 
oligomers were used to enhance the processability of 
a thermoplastic CNT mat composite and the 
processing, and structure property relations of the 
prepared CNT mat composites were investigated. 
The electrical conductivity was enhanced by 
increasing the compression pressure, and relatively 
large and small improvements were observed for 
CNT mat composites prepared under low and high 
compression pressures, respectively. The 
considerable decrease in resistance for the CNT mat 
composites prepared under low compression 
pressures of 0.5, 9 and 18 MPa was due to the 
development of fully contacted CNTs on the surface 
of the CNT mat composites. The differences in the 
electrical conductivities of the CNT mat composites 
prepared under high compression pressures of 18, 27 
and 36 MPa were attributed to the fact that the 
thickness of the composites was reduced by 
decreasing the pCBT fraction in the composites with 
increasing compression pressure. The considerable 
reduction in the electrical conductivity of the CNT 
mat composites prepared under long processing or 
cooling times can be explained by the increase in 
sheet resistance caused by the morphology and the 
increase in thickness caused by the longer 
impregnation time of the matrix. The excellent 
thermal conductivity of the CNT mat composites 
prepared under high compression pressure in the in-
plane direction was attributed to improved phonon 
transfer in the continuously connected alignment of 
the CNT mat. The incorporation of continuously and 
completely connected CNTs in the CNT mat give 
the composites prepared under a compression of 36 
MPa at 250 ℃ and 2 min a thermal diffusivity in the 
in-plane direction that is larger than that of alumina, 
a ceramic material. The reduction of the in-plane 
thermal diffusivity in the composites prepared using 
extended molding and cooling times could be 
attributed to the alignment of the incorporated CNT 
mat inside the composites in the in-plane direction 
that was randomized with heat. The alignment of the 
CNT mat in the composites was a more important 
physical parameter than the development of 
crystalline structure of the polymer matrix in 
determining the in-plane thermal diffusivity of the 
composites. The tensile strength and modulus of the 
composites increased gradually as the processing 
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pressure increased and became saturated under 
compression pressures above 27 MPa. As, with the 
thermal diffusivity, extended processing and cooling 
times had an adverse effect on the mechanical 
properties. The optimum processing conditions to 
achieve excellent electrical, thermal and mechanical 
properties of the CNT mat composites involved the 
combination of high compression pressure, short 
processing time and quenching, which induced an 
alignment of the CNT mat in the in-plane direction 
of the composites. 
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Table 1. Processing condition and electrical 
conductivity of the prepared CNT mat composites 
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Fig. 1. Weight residue of the CNT mat composites 
with respect to temperature. The weight fraction of 
the CNT mat incorporated into the composites was 
calculated from the figure. 
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1 Introduction  

The phenomenon of face wrinkling is a local face 

sheet buckling that occurs in sandwich structures 

subjected to in-plane compressive and shear loads. It 

has been identified as one of the major failure modes 

and was first investigated with the core modeled 

using a Winkler-type elastic foundation [1]. The face 

wrinkling mode is characterized by a much shorter 

wavelength compared to the general global buckling 

of the panel. The wrinkling may be either symmetric 

(out of phase) or antisymmetric (in phase) with 

respect to the midplane of the sandwich panel. 

 

Three major wrinkling models for the core have 

been developed in the early research work of face 

wrinkling analysis – a Winkler elastic foundation 

model 
 
(Gough et al. [1]), a linear decaying model 

(Hoff and Mautner [2]) and an exponential decaying 

model (Plantema [3]). Predetermined shapes for both 

symmetric and antisymmetric wrinkling have been 

assumed in their analysis. The agreement between 

the theoretical and the experimental wrinkling 

stresses was reasonable. The wrinkling problems 

based on pre-assumed shapes for wrinkling mode 

was described in the monographs [3-6]. Birman and 

Bert [7] studied the face wrinkling under biaxial 

loading using these three models. Vonach and 

Rammerstorfer [8] investigated the wrinkling of  

orthotropic sandwich panels under general loadings.  

Hadi and Matthews [9] expanded the Benson-

Mayers theory [10] for isotropic sandwich panels 

into general anisotropic sandwich panels. 

 

A shortfall was noticed in Winkler’s model that the 

wrinkling stress is independent of the transverse 

shear modulus of the core. In Plantema’s model, the 

core deformation at the midplane of the sandwich 

plate does not cease but is nonzero for symmetric 

wrinkling mode. This violates the condition of 

symmetric deformation. Another deficit of this 

model is that the core thickness has no effect on the 

wrinkling stress. Among the three models, Hoff’s 

model seems to be the most rational one. In this 

model, an effective core deformation zone in which 

the displacement in thickness direction is nonzero, 

needs to be determined. The size of the zone must be 

less than half of the core thickness to guarantee the 

zero core deformation at the midplane of the 

sandwich plate.  

 

In this research work, two refined exponential 

decaying models have been developed. Both models 

satisfy the condition of zero core deformation at the 

midplane of the sandwich plate and the effect of core 

thickness on the face wrinkling stress is included in 

the analysis. Parametric studies have been conducted 

to determine the wrinkling stress, orientation and 

wavelength of wrinkling, and effective core 

deformation zone for various biaxial stress ratio, and 

core thickness. Comparisons of the results from all 

different models have also been made. 

2. General Description of Refined Models 

In the analysis, the top and bottom facesheets of the 

sandwich plates are identical and each facesheet is a 

thin laminated composite with symmetric layup. The 

core is relatively thick compared to the facesheet 

and made of polymeric isotropic material. The 

bending-twisting coupling stiffness coefficients D16 

and D26 of facesheets are neglected. 

The sandwich plate is subjected to inplane 

compressive forces Nx and Ny. Since the in-plane 

stiffness of the core is considered to be negligible, 

the in-plane stresses in the core can be neglected 

with respect to the in-plane stresses in the 

facesheets. The in-plane stresses σx and σy in 

facesheets can be expressed as: 

 ,
2 2

yx
x y x

NN
r

t t
       (1) 

where t is the facesheet thickness and rσ = σy/σx is 

the applied stress ratio. For a given stress ratio rσ, a 

critical stress σx is to be determined for the onset of 

facesheet wrinkling.  
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For the two refined models considered in this paper, 

the face wrinkling deformation causes local 

deflections in the core which are assumed to decay 

exponentially with the distance from the facing-core 

interface toward the center of the core. The 

deflection decays to zero at a distance dc from the 

facing-core interface where dc is to be determined. 

For symmetric wrinkling mode, dc must be less than 

or equal to half of the core thickness.  

 

Two different types of wrinkling mode are 

considered – the one-dimensional cylindrical 

deformation mode and the two-dimensional 

rectangular mode.  

2.1 Cylindrical Wrinkling Mode 

This type of facing wrinkling mode is represented by 

a wave shown in Figures 1 and 2. The wrinkling 

wave direction ξ is inclined by an angle θ with 

respect to x-axis. The value of θ is unknown and 

needs to be determined. For a wrinkling wave in ξ 

direction, the wrinkling deformation in facesheet is 

constant along η-axis. Since the dimension in η-

direction is much greater than that in ξ–direction, the 

wrinkling deflection is considered as a cylindrical 

deformation. The wrinkling deflection of the facing 

is expressed as: 

 ( ) sin ,
2 2

f

l l
w A

l


        (2) 

where l is the half wavelength.  

 
Fig. 1. Cylindrical Face wrinkling coordinate 

 

 
Fig. 2. Cylindrical Face wrinkling configuration 

 

A compressive stress σξ is applied in the ξ-direction 

and can be expressed in terms of the biaxial 

compressive stress components in x and y directions, 

σx and σy as  

 2 2cos sinx y        (3) 

Define the stress ratio rσ as σy/σx, the stress σξ can be 

written as 

 2 2(cos sin )x r       (4) 

 
Fig. 3. Wrinkling mode configuration 

 

Figure 3 shows the coordinates used in the analysis. 

The deformation in the upper zone of the core 

( 2 2,l l   0 )cz d   is assumed to be 

 ( )sinc cw Af z d
l


   (5) 

The form of function ( )cf z d  of the two refined 

models will be given in sections 3 and 4. It is noted 

that the conditions wc = 0 at z = 0 and wc = wf (ξ)
 
at z 

= dc must be satisfied in both models. 

The solution of the wrinkling problem is found by 

minimizing the total potential energy in the wrinkled 

sandwich composes of the strain energy of the core 

Uc, the strain energy of the facesheet Uf, and the 

external potential V of the applied stresses. Those 

energy terms are expressed as  

 2 2

0 0 0 0

1 1

2 2

c cl d l d

c cz c z

c c

U dzd dzd
E G

          (6) 
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  (8) 

where t is the facesheet thickness and Dξ is the 

bending stiffness in ξ- direction of the facesheet. Dξ 

is evaluated as  

 4 2 2 4

11 22cos 2 cos sin sinD D D D         (9) 

where 12 662 .D D D    

The total potential energy  is given by 

 c fU U V      (10) 
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It is noted that the in-plane displacements of the core 

uc and vc are neglected in the analysis. The strain and 

stress in the core are given by 

 
,

,

c c
cz c z

cz c cz c z c c z

w w

z

E G



 

 


   

 
 

 

 

  (11) 

where Ec and Gc are axial and shear moduli of the 

core. Note that the core is assumed to be a polymeric 

isotropic material. By applying Eq. (11), the 

potential energy of the core Uc, can be expressed as 

 

22

00

1

2

c
l d

c c
c c c

w w
U E G dzd

z




    
           

 
 




 (12) 

By minimizing wrinkling stress, the half wavelength 

l, the deformation depth dc, the wrinkling orientation 

θ and the critical wrinkling stress σx,wr can be 

determined in terms of facing and core properties, 

and the applied stress ratio rσ. 

2.2 Rectangular Wrinkling Mode 

The rectangular wrinkling is assumed to be oriented 

in the two applied stress directions with the 

wrinkling mode shown in Fig. 4 [4]. The wrinkling 

deflection of the facing is given by 

( , ) sin sinfw x y A x y    (13) 

where α = π/lx, β = π/ly, and lx, ly, are the dimensions 

of the wrinkling in x and y directions, respectively. 

 
Fig. 4. Rectangular Face wrinkling coordinate 

 

The wrinkling deformation in the upper zone of the 

core ( 2 2,x xl x l   2 2,y yl y l   0 cz d  ) 

is assumed to be 

 ( , , ) ( )sin sinc cw x y z Af z d x y    (14) 

The function ( )cf z d  is the same as that in Eq. (5) 

and will be given in sections 3 and 4. It is noted that 

wc = 0 at z = 0 and wc = wf (x,y)
 
at z = dc for both 

refined models. 

The face wrinkling problem with rectangular mode 

is solved by employing the principle of stationary 

potential energy. The strain energy of the core Uc, 

the strain energy of the facesheet Uf, and the 

external potential V of the applied stresses are given 

as the following: 
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where ,f xw  denotes the derivative of wf w.r.t. x. The 

strains and stresses in the core are given by 
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  (18) 

Using Eq. (18), Uc is expressed as 

  2 2 2

, , ,
0 0 0

1

2

x y cl l d

c c c z c c x c yU E w G w w dzdydx   
     (19) 

3. First Refined Model of Facing Wrinkling 

In this section, the one-dimensional cylindrical 

wrinkling and two-dimensional rectangular 

wrinkling are analyzed based on the first refined 

model. It is shown that based on this model, the 

theoretically predicted core deformation depth and 

the critical wrinkling stress are the same for both 1D 

cylindrical wrinkling mode and 2D rectangular 

wrinkling mode. 

3.1 Refined Model 1 for Cylindrical Wrinkling 

In the first refined model (also referred to as Chen1 

model in the paper), the deformations in the upper 

zone of the core ( 2 2l l   , 0 cz d  ) are 

assumed to be 

 (2 1)sincz d

cw A
l


    (20) 

It is noted that wc = 0 at z = 0 and wc = wf (ξ)
 
at z = 

dc. By substituting Eq. (20) into Eq. (12), the 

potential energy of the core Uc, can be expressed as: 

 
22 3 ln 2 1

1
2 4 2 2ln 2

c c c
c

c

E l G dA
U

d l

  
    

  
  (21) 

From Eq. (2), the strain energy of the facesheet Uf, 

and the external potential V of the applied stress can 

be obtained as 
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Minimization of the total potential energy  with 

respect to the amplitude A yields a relation among 

the critical wrinkling stress σξ,wr, the deformation 

zone depth of the core dc and the half wavelength of 

wrinkling l: 
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 (24) 

By taking , 0wr cd    and 
, 0wr l   , it  

yields 

 *
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  (26) 

Eq. (25) is used to calculate the theoretically 

predicted core deformation depth *

cd . It is noted that 

for symmetric wrinkling, the value of dc must be less 

than half of the core thickness c. Thus, if * 2cd c , 

then dc is equal to *

cd . From Eq. (25), the condition 

of * 2cd c  yields 

 3
2

4.7492
c

c

D E
c

G


  (27) 

If the condition (27) is not satisfied, then the actual 

deformed depth dc is set to c/2.  

For case of 
*

cd  c/2, substituting Eqs. (25) and (26) 

into (24), ,wr  can be expressed as 
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And the wrinkling stress in global x-direction is 

 3
, 2 2

1.9851

(cos sin )
x wr c cD E G
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 (29) 

It is noted that the wrinkling stress in global x-

direction σx,wr depends on the orientation angle θ. 

The value of θ which leads to the smallest value of 

stress σx,wr gives the wrinkling orientation and the 

corresponding value of the  stress gives the critical 

wrinkling stress. 

For case of  * 2,cd c the actual deformed depth in 

core dc is set to c/2. The total potential energy  is 

given as 
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A D A t

l l

 



  

  
     

  

 

 (30) 

Applying the principle of minimum potential energy 

and minimizing the wrinkling stress σξ,wr w.r.t. half 

wave length l, we obtain 

 4 40.833
3 ln 2c c

D c D c
l

E E

 
    (31) 

and 

 

,

(12ln 2)1 1
1

2 2ln 2

1
2.884 0.1393

c c
wr

c

c

D E G c

t c

D E
G c

t c








  

    
   

 
  

 

 (32) 

The wrinkling stress in x-direction is 

 

, 2 2

1

(cos sin )

(12ln 2) 1
1

2 2ln 2

x wr

c c

t r

D E G c

c






 




  
    

   

 (33) 

With the definition λ = tanθ, alternative forms of 

Eqs. (25), (29) and (33) can be obtained. 

For the predicted core deformation depth *

cd  

 
 2 4

11 22*
3

2 2 2

6 2
ln2

(2ln2 1) (1 )

c

c

c

D D D E
d

G

 



 


 
  (34) 

For the critical stress σx,wr under condition * 2cd c  

 
, 2

2 4 23
11 22

1.9851

(1 )

( 2 )(1 )

x wr

c c

t r

D D D E G






  




   

 (35) 

For the critical stress σx,wr under condition * 2cd c  

 

2 4

11 22

, 2

2

(12ln 2)( 2 )1

(1 )

1
1 (1 )

2 2ln 2

c

x wr

c

D D D E

ct r

G c



 






  
 

 

 
    

  

 (36) 

Minimization of stress σx,wr w.r.t the parameter λ will 

result in the critical wrinkling stress. This alternative 

form of the critical stress σx,wr will be used later in 

the paper to show that the one-dimensional 

cylindrical wrinkling stress and two-dimensional 

rectangular wrinkling stress are identical. 

ICCM19 6407



 

5  

 Refined Models on the Wrinkling of                         

Sandwich Panels under Biaxial Loading 

 

3.2. Refined Model 1 for Rectangular Wrinkling 

In the first refined model, the wrinkling 

deformations in the upper zone of the core (-lx/2 ≤ x 

≤ lx/2, -ly/2 ≤ y ≤ ly/2,  0 )cz d   for 2D rectangular 

wrinkling is assumed to be 

 ( , , ) (2 1)sin sincz d

cw x y z A x y     (37) 

By substituting Eq. (37) into Eq. (19), the potential 

energy of the core Uc, can be expressed as: 

 

 

 

2

2 2

2

2 2

3 ln 2 1
1

2 8 4 2ln 2

0.25993 0.06966
2

x y c c c

c

c

x y c

c c

c

A l l E G d
U

d

A l l E
G d

d

 

 

  
     

  

 
   

 

 (38) 

Substituting Eq. (13) into Eqs. (16) and (17), the 

strain energy of the facesheet Uf, and the external 

potential V of the applied stress are obtained 

  
2

4 2 2 4

11 222
8

x y

f

A l l
U D D D        (39) 

  2 2 2

8

x
x y

t
V A l l r


      (40) 

Minimizing the total potential energy  w.r.t. A and 

then minimizing the resulting stress σx w.r.t. dc, lead 

to 

 
   

2
*

2 2

3(ln 2)

2ln 2 1

c
c

c

E
d

G  


 
  (41) 

 
 

 

4 2 2 4

, 11 222 2

2 2

1
2

1.0765

x wr

c c

D D D
t r

E G



    
 

 

  


 


 (42) 

Instead of α and β, 
*

cd and σx,wr of Eqs. (41) and (42) 

can be rewritten in terms of α and λ, where λ = β/α.  

 
 

2
*

2

3(ln 2)1

2ln 2 1 (1 )

c
c

c

E
d

G 


 
  (43) 

 
 

 

 
 

2 2 4

, 11 222

2

1
2

1

3 2ln 2 1
1

x wr

c c

D D D
t r

E G



   






  

 


  



 (44) 

Setting ,x wr   = 0, we obtain 

 
 

 

2

6 2
2 4

11 22

3 2ln 2 1 (1 )

4 2

c cE G

D D D




 

 


 
  (45) 

Substituting Eq. (45) into Eqs. (43) and (44), we 

obtain exactly the same forms as Eqs. (34) and (35). 

Thus based on the refined model 1, if 
*

cd  < c/2, the 

predicted core deformation depth *

cd  and the critical 

wrinkling stress σx,wr are the same for both 1D 

cylindrical wrinkling mode and 2D rectangular 

wrinkling mode. It can be proved that this 

conclusion is also valid for Plantema’s, Hoff’s and 

the second refined wrinkling models.  

 

If *

cd  > c/2, the actual core deformation depth dc is 

set to be c/2 and the potential energy of the core Uc 

becomes 

 

2

2 23 ln2 1
1 ( )

2 4 8 2ln2

x y c
c c

A l l E c
U G

c
 

  
        

 (46) 

The strain energy of the facesheet Uf, and the 

external potential V are the same as Eqs. (39) and 

(40). Minimize the total potential energy  w.r.t. A, 

the critical wrinkling stress σx,wr for case of 
*

cd  > c/2 

is obtained 

 
 

 

4 2 2 4

, 11 222 2

2 2

1
2

3 ln 2 1
1

2 2ln 2

x wr

c
c

D D D
t r

E c
G
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 (47) 

Similarly, Eq. (47) can be rewritten in terms of α and 

λ as 

 
 

 

2 2 4

, 11 222

2

2

1
2

1

3 ln 2 1
1 1

2 2ln 2

x wr

c
c

D D D
t r

E c
G

c



   






  

 

 
     

  

  (48) 

Setting ,x wr   = 0, we obtain 

 4
2 4

11 22

3 ln 2

( 2 )

czE

c D D D


 


 
  (49) 

Substituting Eq. (49) into Eq. (48), we obtain exactly 

the same form as Eq. (36). Thus, it is proved the 

critical wrinkling stress σx,wr for case with 
* 2cd c is identical for both 1D cylindrical 

wrinkling mode and 2D rectangular wrinkling mode. 

It found that this conclusion applies to Hoff’s model 

and the second refined wrinkling model. 

 
To summarize, the predicted core deformation depth 

*

cd and the critical wrinkling stress σx,wr for cases 

with either * 2cd c or * 2cd c  are the same in 

both 1D cylindrical wrinkling mode and 2D 

rectangular wrinkling mode. This finding is valid for 

any wrinkling model with the shape of wrinkling 

mode given by Eqs. (5) and (14) no matter what is 

the form of function f. 
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4. Second Refined Model of Facing Wrinkling 

In this section, the one-dimensional cylindrical 

wrinkling and two-dimensional rectangular 

wrinkling are analyzed based on first refined model.  

4.1 Refined Model 2 for Cylindrical Wrinkling 

In the second refined model (also referred as Chen2 

model in the paper), the deformations in the upper 

zone of the core ( 2 2l l   , 0 cz d  ) is 

assumed to be 

 
1

sin
1

cz d

c

e
w A

e l





  (50)  

It is noted that wc = 0 at z = 0 and wc = wf (ξ)
 
at z = 

dc. 

 

Similar to the analysis used in section 3.1, 

substituting Eq. (50) into Eq. (12), the potential 

energy of the core Uc for refined model 2 is obtained 

 

2 2 2

2

22

1 ( 4 5)

2 4( 1) 4( 1)

0.541 0.12836
2

c c c
c

c

c c c

c

E l G dA e e e
U

e d e l

E l G dA

d l





   
  

  

 
  

 

 (51) 

The strain energy of the facesheet Uf, and the 

external potential V are the same as Eqs. (22) and 

(23). The critical wrinkling stress σξ,wr, the predicted 

core deformation depth *

cd  and the half wavelength 

of the wrinkling l for the refined model 2 are given 

below 

 
22 2

, 2 2 2

1 1 4 5

2 ( 1) 2( 1)

c
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c

DE le e e
G d

t de e l










   
   

  
 (52) 

 *
3 3

2 2 2 2

2( 1)
( 1) 2.5416

( 4 5)

c c

c

c c

e D E D E
d e

e e G G

 
  

 
 (53) 

 

2

61.238
c c

D
l

E G


   (54) 

For case of * 2,cd c  the actual deformation depth 

of core 232.5416c c cd D E G  and the wrinkling 

stress  

 3
, 2 2

1.9574

(cos sin )
x wr c cD E G

t r





 




 (55) 

It is seen that Eq. (55) and Eq. (29) have the same 

form except a difference in the coefficient. 

Therefore, as long as the condition * 2cd c is 

satisfied, the wrinkling orientation θ of the 

cylindrical mode is the same for both refined 

models. It is also found the wrinkling stress σx,wr of 

Hoff’s model under the condition * 2cd c and 

Plantema’s model (see Eqs. (67) and (71) in 

Appendix) has the same form with different 

coefficients and thus the wrinkling orientation θ is 

the same as that of the two refined models. The 

value of θ can be determined by minimizing the 

following function 

 
3

2 2
( )

cos sin

D

r






 

 


  (56) 

In case of *

cd > c/2, the actual deformation depth in 

core dc is set to c/2. Applying the principle of 

minimum potential energy and minimizing the 

resulting wrinkling stress w.r.t. half wavelength l, 

we obtain 

 

, 2 2

1

(cos sin )

2.9421 0.12836

x wr

c

c

t r

D E
G c

c






 




 
  
 

  (57) 

 4 4

( 1)
0.82449

( 1) c c

e D c D c
l

e E E

 
 


 


  (58) 

4.2. Refined Model 2 for Rectangular Wrinkling 

In the second refined model of 2D rectangular 

wrinkling, the wrinkling deformations in the upper 

zone of the core (-lx/2 ≤ x ≤ lx/2, -ly/2 ≤ y ≤ ly/2,  

0 )cz d  is assumed to be 

 
1

( , , ) sin sin
1

cz d

c

e
w x y z A x y

e
 





  (59) 

Similar to section 3.2, substituting Eq. (59) into 

Eq. (12), the potential energy of the core Uc for 

refined model 2 is obtained 

 
 

2 2

2 2

2

( 1) 4 5

8 2( 1) 2( 1)

x y c c c

c

c

A l l e E e e G d
U

e d e
 

   
   

   

 (60) 

The strain energy of the facesheet Uf, and the 

external potential V are the same as Eqs. (39) and 

(40). The critical wrinkling stress σx,wr and the 

predicted core deformation depth *

cd  for the refined 

model 2 are similarly derived 

 
 

 

4 2 2 4

, 11 222 2

2 2

1
2

1.0541

x wr

c c

D D D
t r

E G



    
 

 

  


 


 (61) 

 
   

2
*

2 2 2

( 1)

4 5

c
c

c

e E
d

e e G  




  
  (62) 
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If *

cd  > c/2, the actual core deformation depth dc is 

set to be c/2 and the potential energy of the core Uc 

becomes 

 

 
 

 

2 2

2 2

2

2

2 2

( 1) 4 5

8 ( 1) 4( 1)

0.541 0.0321
2

x y c c

c

x y c

c

A l l e E e e G c
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e c e

A l l E
G c

c

 

 

   
   

   

 
   

 

 (63) 

Minimize the total potential energy  w.r.t. A, the 

critical wrinkling stress σx,wr for case of *

cd  > c/2 is 

obtained 

 
 

 
 

4 2 2 4

, 11 222 2

2
2 2

2

1
2

4 51

1 4( 1)

x wr

c c

D D D
t r

E e e G ce

e c e



    
 

 


  

 

 
   

  

 (64) 

5. Results and Discussion 

The sandwich panels considered in the numerical 

studies consist of E-glass/vinyl ester facing and 

Balsa core [4]. The properties of composite lamina 

of the facesheets are E1 = 24.4 GPa, E2 = 6.87 GPa, 

G12 = 2.89 GPa, ν12 = 0.32. The layer thickness of 

the facing laminate is 0.125 mm. The Young’s 

modulus Ec and shear modulus Gc of core material 

are 208.8 MPa and 108 MPa respectively. 

Results of numeric study are based on a layup of 

facesheet [05/905]s. Solutions of four wrinkling 

models – Plantema, Hoff and two refined models 

(Chen1 and Chen2) are shown and compared. For 

completeness, the Hoff’s model and the Plantema’s 

model are described in appendix. 

Figures 5-7 show results for cases with core 

thickness c of 2 cm. Figure 5 shows the variation of 

wrinkling stress σx,wr versus stress ratio rσ. It is found 

that the wrinkling stresses calculated from the two 

refined models are less than that from Hoff’s model 

and greater than that from Plantema’s model 

although the trends of all four models are similar. It 

is observed that the wrinkling stress does not change 

with rσ for all models when rσ is smaller than a 

certain value. Beyond this value, the wrinkling stress 

is decreasing with increasing rσ. Figure 6 shows the 

variation of the predicted core deformation depth 

verses stress ratio rσ. All the three models give *

cd > 

c/2 for the entire range of rσ. Therefore, the actual 

core deformation depth dc is set to c/2 (1 cm) and 

Eqs. (33), (57) and (68) are then used to determine 

the wrinkling stress and wrinkling orientation. 

Figure 7 shows the variation of the wrinkling 

orientation θ verses stress ratio rσ. It shows that θ = 

0º for smaller stress ratio and θ = 90º for large stress 

ratio. For moderate values of stress ratio, the 

wrinkling orientation θ varies from 0º to 90º and is 

different for different models. 

 

 
Fig. 5. Wrinkling stress vs. stress ratio (c = 2 cm) 

 

Fig. 6. Predicted core deformation depth vs. 

stress ratio (c = 2 cm) 

0 0.5 1 1.5 2
-10

0

10

20

30

40

50

60

70

80

90

stress ratio r



 (

d
e

g
re

e
)

 vs. r

 ([(0)5/(90)5]s, c=0.02)

 

 

Plantema

Hoff

Chen1

Chen2

 

Fig. 7. Wrinkling orientation vs. stress ratio  

(c = 2 cm) 
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Figures 8-10 show results for cases with core 

thickness c of 5 cm. Figure 8 shows the variation of 

wrinkling stress σx,wr versus stress ratio rσ. The 

behavior is similar to that shown in Fig. 5.  Figure 9 

shows the variation of the predicted core 

deformation depth verses stress ratio rσ based on 

Hoff’s model and the refined models. It is seen that 

condition *

cd ≤ c/2 is satisfied for the entire range of 

rσ for all three models. Therefore, the actual core 

deformation depth dc is equal to *

cd and Eqs. (29), 

(55) and (67) are then used to determine the 

wrinkling stress and wrinkling orientation. As 

described in section 4.1, the wrinkling orientation θ 

for the entire range of rσ is the same for all the 

models. This is observed in Figure 10 which shows  

the variation of wrinkling orientation θ verses stress 

ratio rσ. It shows that θ = 0º for small stress ratio (rσ 

≤ 0.56) and θ = 90º for large stress ratio (rσ ≥ 1.12). 

For moderate stress ratio (0 < rσ < 1.12), the 

wrinkling orientation θ varies from 0º to 90º and is 

the same for all models. 

 

Fig. 8. Wrinkling stress vs. stress ratio (c = 5 cm) 

 
Fig. 9. Predicted core deformation depth vs. 

stress ratio (c = 5 cm) 
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Fig. 10. Wrinkling orientation vs. stress ratio  

(c = 5 cm) 

Figure 11 shows the variation of predicted core 

deformation depth *

cd versus core thickness c and 

Figure 12 shows the variation of actual core 

deformation depth dc versus core thickness c. Both 

figures are for cases with stress ratio rσ = 0.5.  Since 

the core deformation depth is not defined in 

Plantema’s model, no result based on Plantema’s 

model is shown in the figures. In Figure 11, a 

straight line with the ordinates equal to c/2 is drawn. 

For the portion of a curve is above this straight line, 

it means the condition of *

cd ≤ c/2 is not satisfied so 

the actual core deformation depth dc should be set to 

c/2. On the other hand, for the portion of a curve 

below this straight line, the condition of *

cd ≤ c/2 is 

satisfied and dc is set to *

cd . An examination based on 

this leads to Figure 12. 

Figure 13 shows the variation of wrinkling stress 

versus core thickness for stress ratio rσ = 0.5. For 

Hoff’s model and the two refined models, it is found 

that the wrinkling stress is decreasing with 

increasing core thickness when *

cd > c/2 (i.e. dc = 

c/2) and equal to a constant when the condition *

cd ≤ 

c/2 is satisfied (i.e. dc =
*

cd ). However, the wrinkling 

stress based on Plantema’s model is constant and 

independent of the core thickness. It is also shown 

that for various core thickness the wrinkling stress 

calculated from the two refined models is less than 

that of Hoff’s model and greater than that of 

Plantema’s model. This is the same behavior as 

shown in Figures 5 and 8. 
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Fig. 11. Predicted core deformation depth vs. core 

thickness (rσ = 0.5) 

 

Fig. 12. Core deformation depth vs. core thickness  

(rσ = 0.5) 

 

Fig. 13. Wrinkling stress vs. core thickness (rσ = 0.5) 

Figure 14 shows the variation of wrinkling 

orientation versus core thickness c. It is found that 

when the condition *

cd ≤ c/2 is satisfied, the 

wrinkling orientation θ is constant and has the same 

value for all models. The wrinkling orientation θ 

only varies when *

cd > c/2. Figures 15 and 16 show 

the normalized core deformation wc/A at ξ = l/2 as a 

function of Z for the four different models with rσ = 

0.5 and core thickness c of 2 cm and 5 cm 

respectively. The origin Z = 0 corresponds to the 

midplane of the core and Z = 2c  corresponds to 

the two interfaces between facesheet and core. In 

Figure 15 with c = 2 cm, dc is set to c/2 since *

cd > 

c/2 and it is observed that except Plantema’s model, 

the deformation of all other models continuously 

decreases from the interfaces and reaches zero at the 

midplane. For Plantema’s model, it is seen that the 

deformation decays exponentially from the 

interfaces but is nonzero at the midplane, thus the 

displacement continuity condition is violated. In 

Figure 16 with c = 5 cm, the condition *

c cd d < c/2 

is satisfied. Therefore, the core deformation decays 

to zero before reaching the midplane as shown in the 

figure. The deformation based on the Plantema’s 

model is the same as shown in Figure 15.   

Figure 17 shows the wrinkling stress versus core 

thickness for four different layups with rσ = 0.5. The 

result is based on refined model 1. The difference in 

wrinkling stress for the four layups exhibits the 

effect of bending stiffness of facesheet along the 

wrinkling direction.   

 

Fig. 14. Wrinkling orientation vs. core thickness  

(rσ = 0.5) 
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Fig. 15. Core deformation through core thickness (c 

= 2 cm, rσ = 0.5) 

 

Fig. 16. Core deformation through core thickness (c 

= 5 cm, rσ = 0.5) 

 

Fig. 17. Wrinkling stress vs. core thickness for rσ = 

0.5 and four different layups by Chen1 model 

 

 

6. Conclusions 

Two refined models have been developed in this 

paper to study the face wrinkling in sandwich 

structures. For symmetric wrinkling problems, the 

displacement continuity condition at the midplane of 

the core is imposed in both models.  

It is found out that the wrinkling stresses calculated 

from the two refined models are less than that of 

Hoff’s model and greater than that of Plantema’s 

model. Since the displacement continuity condition 

at the midplane of the core is not satisfied and the 

wrinkling stress is independent of the core thickness 

in the Plantema’s model, the two refined models are 

considered to provide theoretically more rational 

results including wrinkling stress and orientation, 

core deformation depth. 

It is proved that the predicted core deformation 

depth *

cd  and the critical wrinkling stress σx,wr under 

both conditions of * 2cd c and * 2cd c  are 

identical for both 1D cylindrical wrinkling mode and 

2D rectangular wrinkling mode based on the refined 

model 1. Although detailed proof is not included in 

this paper, it is verified that this conclusion can be 

extended to any other wrinkling model with different 

assumption in the shape of wrinkling mode. 

Parametric studies have been conducted to 

determine the wrinkling stress, wrinkling 

orientation, and effective core deformation zone for 

various biaxial stress ratio, and core thickness. 

Comparisons of the results from all different models 

have been made. 

It is found that if the condition * 2cd c is satisfied, 

the wrinkling orientation θ is the same based on the 

Hoff’s model, refined model 1 and refined model 2. 

The wrinkling orientation θ is different for different 

models only when *

cd > c/2. 

For Hoff’s model and the two refined models, it is 

found that for a given stress ratio rσ, the wrinkling 

stress is decreasing with increasing core thickness 

when dc is equal to half of core thickness (i.e. *

cd > 

c/2) and the wrinkling stress is a constant when dc is 

less than half of core thickness (i.e. 
*

cd ≤ c/2). 

 

Appendix 

A. Hoff Model 
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The deformation in the upper zone of the core 

( 2 2l l   , 0 cz d  ) are assumed to be a linear 

decaying form 

 sinc

c

z
w A

d l


  (65) 
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B. Plantema Model 

The deformation in the region (-l/2 ≤  ≤ l/2, 0 ≤ z) 

are assumed to be a exponential decaying form 

 sinz

cw Ae
l

   (69) 

where  is unknown to be determined and z = 0 is 

defined at the interface between facing and core and 

positive toward the midplane of sandwich. It is noted 

that the deflection at midplane of sandwich is non-

zero, thus this model is valid only the condition e
-c/2 

 0 is satisfied. 

 
2
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2

c

c

G

D E
   (70) 

 3
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(cos sin )
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Abstract 
Composite wind turbine blades must sustain 

aerodynamic, inertial, and gravitational loads, as 
well as mitigate operational conditions in case of 
hail and bird strike. Herein we present a 
methodology for the damage assessment of bird 
impact on a preloaded composite wind turbine blade. 
Structural response of the blade is evaluated through 
finite element simulations addressing its static and 
dynamic behavior focusing on deformation, stresses, 
damage mechanisms, and energy absorption. The 
results of the 2kg-bird impact study revealed that the 
service loads of the 80 meter blade did not accelerate 
the damage progression. Overall conclusion is that 
the 5 meter tip-sectional blade of the computational 
study is an acceptable target structure for bird 
impact tests instead of the full scale blade. 

 

1 Introduction 

Wind energy market has grown rapidly in the 
last couple of decades with plans to commercially 
install large-scale wind turbines such as 8-12 MW 
class (160 m-190 m in a rotor diameter) [1]. Mostly, 
a horizontal-axis wind turbine (HAWT) with 
propeller type blades is utilized in such large-scale 
wind power system, and its configuration as an 
upwind land-based construction is schematically 
depicted in Fig. 1. In general, large-scale HAWTs 
have either two or three blades, with both cylindrical 
and airfoil cross-sections. Typically, the blade 
consists of an upper and a lower blade skin, spar 
cap, and shear web, which are bonded together as 
depicted in Fig. 2. The skin and web are usually of 
sandwich construction comprised of glass fiber (GF) 
fabric and/or unidirectional glass fiber (UD-GF) 
reinforced polymers for the face sheet and polymeric 
foams, balsa wood, or honeycomb type as the core 
material. For a large-scale HAWT blade, a hybrid 
carbon and glass fiber (CF/GF) composite spar cap 
laminate was often employed to resist flapping 
bending. Additionally, constant thickness was 

employed for the face sheet, and thickness of the 
core and spar cap laminate was defined as a function 
of the airfoil chord length [2-7]. The large and robust 
blade designs rely on hybrid material systems such as 
CF/GF reinforced composite materials to improve 
specific stiffness/strength and damage tolerance due 
to aerodynamic, inertia, gravitational, operational and 
impact loads. 

The blade is often exposed to bird impact in 
addition to service loads [8]. Suitable approaches for 
impact simulations are either Lagrangian, Coupled 
Eulerian-Lagrangian (CEL), Arbitrary Lagrangian-
Eulerian (ALE), or Smoothed-Particle Hydrodynamics 
(SPH) [9-11]. Since a bird is mostly composed of 
water, the artificial bird is akin to hydrodynamic 
representation with a simple geometry such as a 
cylinder, an ellipsoid, or a sphere [10-13]. Herein, a 
computational methodology for the bird impact 
response of the rotating blade is presented to assist 
the design process of the large-scale blades. 

 

2 Blade Description 

The blade of our 8MW wind turbine (SW45) is 
described in this section. The blade has a blade tip 
radius of 80 m and is positioned at a 140 m hub-
height [1]. 

2.1 Geometry Specifics 

After an extensive study of the open literature, 
the blade with sandwich skin, spar cap and shear 
web reinforcements is created based on the 
following non-dimensional specifications: The non-
dimensional chord (c/R) distribution along the rotor 
radius is taken from Griffin [6]. The ratio of the 
blade thickness to the chord length (t/c) along the 
rotor radius are provided by Somers et al. [14]. Spar 
cap and shear web as internal reinforcements of the 
blade are constructed in the airfoil section (5.6 m < r 
< 80 m). To improve buckling stability in the blade, 
the forward and aft shear web are attached at the 
recommended positions [6]. Spar cap is located 
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between the forward and aft shear web. Dorsally the 
spar cap width remains constant between r = 5.6 m 
and r = 20 m, and this width is linearly decreased 
further to the blade tip. 

The thick-airfoil family (NREL S817, S816, 
S818) is employed for the blade because of its 
excellent aerodynamic performance as reported [14]. 
Although practical wind turbine blades are pre-
twisted along the rotor radius, the pre-twist angle 
distribution is neglected for simplicity in the present 
model. 

2.2 Composite Layup 

The root section (4 m < r < 5.6 m) of the blade 
consists of GF fabric layers. Since metallic bolts 
with a large diameter are installed into the blade root 
connected to the hub, this root section usually 
experiences high stresses which are mitigated with 
the selection of 40 mm thick laminate. In the airfoil 
section (5.6 m < r < 80 m), sandwich constructions 
of GF face sheets with balsa core are employed in 
the blade skin and shear web. The face sheet of the 
skin is GF fabric layer, and the face in the web is 
laminated with GF fabric and ±45° UD-GF layers. 
The hybrid composite spar cap laminate is composed 
of 15% CF fabric and 85% UD-GF layers by 
volume. Properties of both the skin and spar cap 
laminates are assigned to the skin between the 
forward and aft shear web, and these properties 
create the asymmetric section stiffness matrix as 
depicted in Fig. 2. 

The thickness of the spar cap laminate and balsa 
core are determined as a function of the airfoil chord 
length. They are assigned as a step function to 
incorporate a gradual taper in laminate thickness. A 
constant thickness of the face sheet in sandwich 
constructions is employed and listed in Table 1. 

2.3 Tip-Sectional Blade 

A tip-sectional blade (TSB5M) is extracted from 
the final 5 m long section of the full-length SW45 
blade without any modifications. All geometric 
specifications and laminate details used in the 
sectional blade are identical to those located between 
r = 75 m and r = 80 m of the SW45 blade. 

 

3 Soft Body Impact Representation 

3.1 Constitutive Model 

An equation of state (EOS) material model is 
adopted as an approximation for the constitutive 
model of a bird (soft body impactor). In this linear 

model, pressure (p) is obtained from Eq. (1) which 
represents the coupling of pressure and internal 
energy [15]: 

( )

2
0 0 0

0 02
1

21
m

c
p E

s

ρ η η
ρ

η
Γ 

= − + Γ 
−  

 (1) 

where ρ0 is the reference density; c0, the bulk speed 
of sound; η=1-ρ0/ρ, the nominal volumetric 
compressive strain; ρ, the current density; s and Γ0, 
material constants; Em, the specific energy. Note that 
ρ0c0

2 is equivalent to the elastic bulk modulus at 
small nominal strains. The linear relationship 
between the shock velocity (Us) and the particle 
velocity (Up) is defined through s as expressed in 
Eq. (2). 

Us=c0+sUp (2) 

A deviatoric behavior uncoupled with 
volumetric response is introduced into the EOS 
material model to take into account the shear 
strength of an impactor. The deviatoric stress tensor 
(S) for the Newtonian viscous shear behavior is 
expressed in Eq. (3) where ηυ denotes the viscosity;

,e the deviatoric part of a strain rate tensor [15]. 

2 νη=S e  (3) 

3.2 Representative Bird Geometry/Material 

Since the irregular shape of a bird poses 
difficulties in impact problems, a cylinder composed 
of gelatin with hemispherical ends is selected for its 
representation [10-13]. The aspect ratio of 2, defined 
as the length (0.24 m) of the cylinder to its diameter 
(0.12 m), is adopted to provide a realistic impact 
pressure profile [16, 17]. The density of gelatin is 
911 kg/m3, resulting in a bird mass of 2.0 kg 
approximately. The properties of gelatin used in the 
simulations are as follows: c0 = 1.4829×103 m/s, s = 
2.0367, Γ0 = 0, ηυ = 4×10-3 Ns/m2 [13]. 

 

4. Damage and Failure Modes 

Materials with reversible behavior are described 
by generalized Hooke’s law. Hashin damage 
initiation criteria and energy-based damage 
evolution law are utilized to track various damage 
modes and mechanisms in the composite laminates 
while von Mises yield criteria is selected for 
isotropic core. 
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4.1 Progressive Damage in Composites 

Hashin damage initiation criteria for the 
composites identify four different damage modes: 
fiber tension, fiber compression, matrix tension, and 
matrix compression [18, 19]. Damage initiation is 
detected when the initiation criteria reaches the 
value of 1. For the post-damage initiation behavior, 
the energy dissipation due to failure (GC ) is taken as 
the metric and calculated as expressed in Eq. (4) 
where f

eqε  is the equivalent strain where the material 

is considered failure completely; 0 ,eqσ  the initial 

equivalent stress where the initiation criteria are met; 
Lc, characteristic length of an element. The 
characteristic length of an element is simply 
computed as the square root of the area associated 
with the element [20]. 

0 2C f c
eq eqG Lε σ=  (4) 

The effective stress tensor is obtained from the 
nominal stress tensor and damage operator tensor 
which embodies three internal damage variables (df, 
dm, ds) to portray fiber, matrix, and shear damage. 
Thus, it is used to monitor the stiffness degradation 
of the composite layer enabling progressive damage 
tracking. 

4.2 Shear Failure in Isotropic Materials 

The shear failure is described with a simple 
failure criterion that is suitable for dynamic 
problems and is based on von Mises stress and 
equivalent plastic strain [15]. Material yielding starts 
when von Mises stress reaches the allowable 
strength of isotropic materials. Then, it is assumed 
that failure occurs when the equivalent plastic strain 
corresponds to the failure strain of isotropic 
materials. 

4.3 Material Properties 

The materials used in the blade are balsa wood, 
UD-GF, GF fabric, and CF fabric. The balsa wood 
which follows an elastic-perfectly plastic behavior in 
the simulations has the Young’s modulus of 4.1 
GPa, Poisson's ratio of 0.3, yield strength of 5.4 
MPa, failure strain of 0.8, and density of 155 kg/m3 
[4, 21]. The homogenized elastic properties of the 
composite materials are presented in Table 2, and 
their allowable strength and ultimate strain used to 
calculate energy dissipation of the composites are 
presented in Table 3 [22-24]. From Eq. (4), the 
energy dissipation is obtained as a factor of the 
characteristic length and is presented in Table 3. 

While von Mises yield criterion is utilized for the 
balsa wood, Hashin damage model is utilized for the 
composite materials. 

 

5 Element and Mesh Selection 

The blade is represented with Lagrangian 
S3R/S4R linear shell element of Abaqus, 
commercial finite element software. Thes elements 
has three displacement and three rotational degrees 
of freedom, allow finite strain, arbitrarily large rotation, 
and transverse shear, and are valid for thin and thick 
shell problems. The SW45 blade model with the 
combined coarse and fine meshes is created in 
HyperMesh. The fine mesh size of 0.02 m is 
employed in the 5 m tip-sectional blade while the 
coarse mesh size of 0.15 m is assigned for the rest of 
the SW45 blade (4 m < r < 75 m). This leads to 
disengaged nodes at r = 75 m. To overcome this 
disparity in the SW45 blade model, the coarse mesh 
region is tied to the fine mesh region at r = 75 m 
with the *TIE control. Total of 104,585 Lagrangian 
elements are generated for the SW45 blade model. 

The mesh size of 0.01 m is applied for the 
Eulerian domain that contains the bird, generating 
1,200,000 EC3D8R Eulerian elements. The Eulerian 
elements represent stationary rectangular grids and 
allow material to flow through the elements and to 
interact with the Lagrangian element structure. Eulerian 
elements overcome numerical difficulties associated 
with excessive element distortion since materials are 
assigned to them by means of volume fraction [15]. 

 

6 Preloads: Lift and Drag 

The blade is subjected to aerodynamic, 
gravitational, inertial, and service loads in operation. 
Since mostly aerodynamic loads such as lift and 
drag forces contribute to the deformation of the 
blade, they are selected as preloads in the impact 
simulations. Lift (δL) and drag (δD) forces for the 
rotating blade calculated using two-dimensional 
airfoil characteristics are given by 

2 2air rel lL c r V Cδ δ ρ=  (5) 

and 

2 2air rel dD c r V Cδ δ ρ=  (6) 

Here, δr is the infinitesimal blade length; ρair, an 
air density; Vrel, resultant relative wind velocity; Cl, 
a lift coefficient; Cd, a drag coefficient [8]. Air 
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density is selected to reflect the tower height. 
Resultant relative wind velocity is formed by 
combining a tangential air flow velocity and wind 
speed (uw) [8]. Lift and drag coefficient 
corresponding to the limit angle of attack (αl) is 
selected to have the upper limit of Cl in a low-drag 
lift coefficient range [14]. A tip speed ratio (TSR) 
defined in Eq. (7) is introduced to determine angular 
velocity (Ω) [8, 25]. 

TSR / wR u= Ω  (7) 

Therefore, the resultant of each decomposed load 
component along the Y- (dPY) and Z-axis (dPZ) 
become, respectively: 

( ) ( )cos sinZdP L c r D c rδ δ α δ δ α= +  (8a) 

and 

( ) ( )sin cosYdP L c r D c rδ δ α δ δ α= − +  (8b) 

Air density is assigned as 1.208 kg/m3 for 140 m 
tower (hub) height. The TSR of the blade is assumed 
to be constant at 7 [25]. Since tangential velocity of 
the blade is not constant along the rotor radius, lift 
and drag forces are evaluated along eight sections 
and are applied to the blade[26, 27]. 

 

7 Bird Impact Models 

In this study, four impact models are considered 
to understand the influence of preloading and 
boundary conditions to the structural response of the 
blade. The CEL approach is employed to simulate 
the bird impact problems in Abaqus/Explicit. In all 
models, the 2kg gel bird is considered as a soft body 
and modeled with Eulerian elements (EC3D8R). 
Due to the fixed Eulerian mesh, the boundary of the 
bird is recomputed in each time increment as it flows 
through the mesh. Accordingly, gelatin is assigned 
to Eulerian elements by means of Eulerian volume 
fraction (EVF) that represents the ratio by which 
each Eulerian element is filled. Volume fraction of 0 
indicates that the elements are not filled at all (i.e., 
they constitute a void); on the contrary the volume 
fraction of 1 states that the elements are completely 
filled with gelatin as seen in Fig. 3 [15]. Thus, the 
bird is represented inside the Eulerian domain with a 
combination of fully and partially filled elements 
surrounded by void regions. A general contact 
algorithm, which automatically detects which 
surfaces and edges come into contact, with a penalty 

method and frictionless surface is employed in the 
simulations [12, 28]. 

7.1 Effect of Preloading 

The 2kg-bird is located perpendicular to the 
rotational plane of a wind turbine at r = 77.5 m and 
impacts the lower blade skin of the 80 m blade 
model (SW45) with the combined coarse and fine 
meshes. 

7.1.1 Impact Model IA 

In this impact model, the blade is subjected to 
lift and drag forces produced at uw = 9.5 m/s. Before 
the impact analysis, the blade undergoing these 
forces is analyzed in Abaqus/Standard (implicit) 
where the three rotations and three displacements are 
constrained at the blade root. 

The deformed blade that contains the values of 
stress, strains, displacements, etc obtained at uw = 
9.5m/s (Fig. 4) is imported into a new analysis 
(explicit) with the *IMPORT option. Then, the 
angular velocity (ωz) of 0.824 rad/s about the Z-axis, 
generated by uw = 9.5 m/s, is assigned to account for 
the centrifugal forces. At this stage, the bird has a 
translational velocity of 24.5 m/s along the Z-axis, 
which consists of the bird velocity of 15 m/s and 
wind speed of 9.5 m/s.  

7.1.2 Impact Model IB 

Since wind speed of 0 m/s is assumed in this 
impact model, the blade is not subjected to any 
aerodynamic loads and thus it is not deformed and 
remains straight (Fig. 5). For comparison purpose, it 
is assumed that the blade is rotating about the Z-axis 
with angular velocity of 0.824 rad/s. The initial 
velocity of the bird along the Z-axis is assigned as 
15 m/s. 

7.2 Effect of the Target Structure Size 

Oblique impact scenarios are considered, and 
the impact location is at r = 77.5 m. The bird is 
initially located at an impact angle of 30° to the 
lower forward blade skin. The initial velocity along 
the Y- and the Z-axis is assigned as 70.5 m/s and 
40.7 m/s, respectively. 

7.2.1 Impact Model IIA 

The Lagrangian target structure for the bird is 
the 5m tip-section of the 80 m blade (TSB5M blade) 
modeled with S4R shell elements and mesh size of 
0.02 m. The edges of the blade at r = 75 m are fully 
constrained. No initial displacements and stresses 
are applied to the target structure. 
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7.2.2 Impact Model IIB 

The SW45 blade model is employed as the 
target. The three rotation and three displacement 
degrees of freedom (DOF) are constrained at the 
blade root. The blade is not subjected to any 
aerodynamic loads. 

 

8 Results and Discussion 

8.1 Bird impact with and without Preloads 

The 2kg-bird, originally located at r = 77.5 m, 
hits the lower blade skin of the blade which is 
rotating with ωz = 0.824 rad/s. Before the bird 
impact, the preloaded blade experiences non-zero 
initial states due to lift and drag forces at uw = 9.5 
m/s. 

8.1.1 Displacements 

Since the bird is traveling along the Z-axis, U3 
displacements are critical in the impact problem. 
Global U3 displacement contours in the lower blade 
skin of the preloaded blade are presented in Fig. 6. 
The displacement of 4.72 m is generated at r = 75 m 
due to preloading, and its magnitude increases to 
5.63 m toward the tip at time (t) of 0 s. After the 
impact occurs, the magnitude of U3 displacements 
does not change at t = 0.010 s signaling that the 
displacements produced by impact are much smaller 
than those due to preloading. 

For the blade without any preloads, it is seen in 
Fig. 7(a) that the maximum value for global U3 
displacements in the impact site is 2.51×10-3 m and 
is located in the lower forward blade skin at t = 
0.001 s. Since impact site varies with time due to the 
blade rotation and flying bird, the greatest U3 
displacement (9.07×10-3 m) is in the skin/spar cap at 
t = 0.010 s, as seen in Fig. 7(b). The negative values 
of the displacements are distributed in the aft blade 
skin. At t = 0.0125 s, the greatest displacement of 
6.61×10-3 m is generated in the skin/spar cap while 
the negative displacement of 4.03×10-3 m is seen in 
the aft skin as illustrated in Fig. 7(c). This 
displacement development arises from wave 
propagation and local fluctuations produced by the 
impact. 

8.1.2 Stresses 

Mostly, the S22 stresses contribute to the layer 
damage [29]. The outermost GF fabric layer of the 
lower skin in the preloaded blade (75 m < r < 80 m) 
experiences S22 stress in a range of - 6.50 MPa and 
8.49 MPa at t = 0 s as presented in Fig. 8(a). Then, 

the stress increases to -67.6 MPa at the impact site at 
t = 0.001 s. The compressive S22 stress drops when 
the impact site expands from the skin to the 
skin/spar cap. Its maximum value is 47.1 MPa in the 
skin/spar cap at t = 0.010 s as seen in Fig. 8(c). Also, 
the tensile S22 stress of 72.8 MPa is present around 
the boundary between the aft skin and skin/spar cap. 
This high tensile stress around the boundary is 
attributed to the stiffness discontinuity of the laminates 
between the aft skin and skin/spar cap. Compressive 
S22 stresses are distributed the region surrounding 
the impact site. 

Although the blade without preloads does not 
exhibit initial stresses due to the lift, drag, and 
centrifugal forces at t = 0 s, it is subjected to the 
same magnitude of centrifugal forces during the 
impact. Its S22 stress field in the outermost GF fabric 
of the lower skin at t = 0.001 s is presented in Fig. 
9(a) where the lowest S22 stress of -52.5 MPa is seen 
at the impact site, and the highest S22 stress (58.9 
MPa) appears around the boundary between the 
forward skin and skin/spar cap. At t = 0.010 s, the 
maximum value for the compressive and tensile S22 
stress are 38.5 MPa and 48.1 MPa, respectively, as 
presented in Fig. 9(b). 

Note that both cases (with and without preloads) 
exhibit the same order of magnitude in S22 stresses 
which are considerably lower than material 
allowables of the composite layers and the core. 
Also note that the impact site remains localized. 
However, the preloaded blade showed stronger 
influence of impact wave propagation. 

8.2 Bird impact on 5 m vs. 80 m blade 

The 2kg-bird with two translational velocity 
components impacts the stationary target of (a) the 
5m tip-sectional blade (TSB5M) and (b) full-length 
80 m blade (SW45). Neither blade is preloaded in 
these simulations. 

8.2.1 Energy Balance 

Kinetic energy balance of Impact Model IIA 
(TSB5M blade/bird) and IIB (SW45 blade/bird) is 
presented in Fig. 10. The kinetic energy balance for 
both the models agreed well as a function of time. 
The initial kinetic energy of 6.64 kJ produced by the 
flying bird decreased to 5.25 kJ at 0.006 s. This 
energy loss (1.39 kJ) is represents both deformation 
of the blade and energy dissipation during the 
impact. Although the contact between the bird (gel) 
and the blade is terminated at 0.0085 s, mostly the 
interaction between the gel and the blade takes place 
between 0.0015 s and 0.006 s. The leakage of the gel 
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transpires after 0.008 s causing a decrease in kinetic 
energy. However, this decrease is not significantly 
important since the gel moving out from the domain 
does not interact with the blade. 

The internal energy balance of both impact 
models is presented in Fig. 11. This energy consists 
of the recoverable strain energy of the blade and 
Eulerian domain, and the energy dissipated by 
yielding and damage. Initially, the internal energy 
increases to 1.02 kJ due to the impact, and then it 
approaches 0.95 kJ due to elastic recovery. The 
discontinuous path of the energy balance occurs 
around 0.004 s when the first failure region is 
observed in the blade. In spite of different size and 
boundary conditions, the internal energy balance is 
quite consisted between these models. It is noted that 
the size of the bird is much smaller in comparison to 
the global dimensions of the blade such as the blade 
tip radius and chord length. 

 

9 Conclusions 

The reinforcement architecture and geometry 
successfully survived the realistic bird impact event 
(implicit-explicit coupling) without incurring any 
damage in the composite layers and the balsa core of 
the hybrid composite turbine blade. The differences 
in the boundary conditions, preloads and full vs. 
sectional blade configurations did not alter the 
computational impact response. Thus it is advisable 
to adopt the smaller 5m tip-sectional blade for 
impact experiments. 
 
 

 
Fig. 1. Schematic of a typical wind turbine. 

 

 
Fig. 2. Cross-section of the typical blade. 

 

 
Fig. 3. EVF representation of the bird. 
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Fig. 4. The blade with preloads before bird impact. 

 

 

Fig. 5. The blade without preloads before bird impact. 
 

 
(a) 

 
(b) 
 

Fig. 6. U3 displacements in the lower blade skin of the 
blade with preloads (75 m < r < 80 m): (a) 0 s, and (b) 

0.010 s. 

 
(a) 

 
(b) 

 

(c) 
 

Fig. 7. U3 displacements in the lower blade skin of the 
blade without preloads (75 m < r < 80 m): (a) 0.001 s, (b) 

0.010 s, and (c) 0.0125 s. 
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(a) 
 

 

(b) 

 

(c) 
 

Fig. 8. S22 stress in the outermost GF fabric of the lower 
skin of the blade with preloads (75 m < r < 80 m): (a) 0 s, 

(b) 0.001 s, and (c) 0.010 s. 
 
 
 
 

 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
(a) 
 

 
(b) 

 
Fig. 9. S22 stress in the outermost GF fabric of the lower 
skin of the blade without preloads (75 m < r < 80 m): (a) 

0.001 s, and (b) 0.010 s. 
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Fig. 10. Kinetic energy balance of impact model IIA and 

IIB. 
 

 

Fig. 11. Internal energy balance of impact model IIA and 
IIB. 
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Table 1. Thickness distribution in the airfoil section in meter. 

Range of local 
 rotor radius 

Face sheet 
thickness 

Balsa core thickness 
Spar cap Forward 

blade skin 
Aft 

blade skin 
Shear web 

5.6-20 0.002 0.032 0.054 0.054 0.074 
20-32 0.002 0.036 0.060 0.060 0.036 
32-46 0.002 0.030 0.050 0.050 0.029 
46-60 0.001 0.020 0.044 0.032 0.022 
60-70 0.001 0.016 0.035 0.025 0.016 
70-75 0.001 0.013 0.029 0.021 0.012 
75-80 0.001 0.011 0.025 0.018 0.009 

 
Table 2. Linear elastic properties of composite materials. 

 UD-GF GF fabric [0/90]s CF fabric [0/90]s 
ρm (kg/m3) 2,100 2,100 1,600 
E1 (GPa) 46 21 47 
E2 (GPa) 13 21 47 
E3 (GPa) 13 8.55 10 
G12 (GPa) 5 3.7 3.78 
G13 (GPa) 5 3.5 3.5 
G23 (GPa) 4.6 3.5 3.5 

ν12 0.3 0.183 0.33 
ν13 0.3 0.0305 0.33 
ν23 0.42 0.075 0.07 

 
Table 3. Allowable strength, strain, and energy ratio. 

 UD-GF GF fabric [0/90]s CF fabric [0/90]s 
XT /XC (MPa) 1,080/620 367/549 627/572 
YT /YC (MPa) 39/128 367/549 627/572 
SL /ST (MPa) 89/64 97.1/274.5 80/286 

1
f
tε / 1

f
cε  (%) 2.8/0.5 2.5/2.5 1.5/1.5 

2
f
tε / 2

f
tε  (%) 2.8/0.5 2.5/2.5 1.5/1.5 

C
ftG / C

fcG  (×106 N/m) (15.1/1.55)×Lc (4.59/6.86)× Lc (4.70/4.29)× Lc 
C
mtG / C

mcG  (×106 N/m) (0.546/0.320)× Lc (4.59/6.86)× Lc (4.70/4.29)× Lc 

 
 
 

ICCM19 6424



 

11  

BIRD IMPACT STUDY OF A PRELOADED COMPOSITE WIND
TURBINE BLADE

References 

[1] C.B. Hasager, A. Peña, T. Mikkelsen, M.S. Courtney, 
I. Antoniou, S.E. Gryning, et al. “12MW horns rev 
experiment”. Risø National Laboratory, 2007: Riso-R-
1506(EN). 
[2] D.A. Griffin “WindPACT turbine design scaling 
studies technical area 1: composite blades for 80-to 120-
meter rotor”. National Renewable Energy Laboratory, 
2001: NREL/SR-500-29492. 
[3] O.T. Thomsen “Sandwich materials for wind turbine 
blades - present and future”. J  Sandw Struct Mater, Vol. 
11, No. 1, pp 7-26, 2009. 
[4] A. Todoroki and Y. Kawakami “Optimal design of 
wind turbine blade of CF/GF hybrid composites”. Trans  
JSCES Vol. 2008, No. 2008, pp 20080012, 2008 [in 
Japanese]. 
[5] M.H. Mohamed and K.K. Wetzel “3D woven 
carbon/glass hybrid spar cap for wind turbine rotor 
blade”. J Sol Energ - T Asme, Vol. 128, No. 4, pp 562-
573, 2006. 
[6] D.A. Griffin “Blade system design studies volume I: 
composite technologies for large wind turbine blades”. 
Sandia National Laboratories, 2002: SAND2002-1879. 
[7] D.A. Griffin “Blade system design studies volume II: 
preliminary blade designs and recommended test matrix”. 
Sandia National Laboratories, 2004: SAND2004-0073. 
[8] T. Burton, N. Jenkins, D. Sharpe and E. Bossanyi 
“Wind energy handbook”. Wiley, 2011. 
[9] L.M.L. Castelletti and M. Anghileri “Multiple 
birdstrike analysis - a survey of feasible techniques”. 
Proceedings of the 30th European Rotorcraft Forum, 
Marseilles, pp 495-505, 2003. 
[10] S. Heimbs “Computational methods for bird strike 
simulations: a review”. Comput Struct, Vol. 89, No. 23-
24, pp 2093-2112, 2011. 
[11] S. Heimbs “Bird strike simulations on composite 
aircraft structures”. Proceedings of 2011 SIMULIA 
Customer Conference, Barcelona, pp 73-86, 2011. 
[12] Y. Shmotin, P. Chupin, D. Gabov, А. Ryabov, V. 
Romanov, S. Kukanov, et al. “Bird strike analysis of 
aircraft engine fan”. Proceedings of the 7th European LS-
DYNA Conference, Salzburg, H-I-03, 2009. 
[13] S. McCallum and C. Constantinou “The influence of 
bird-shape in bird-strike analysis”. Proceedings of the 5th 
European LS-DYNA Users Conference, Birmingham, 2c-
77, 2005. 
[14] D. Somers “The S816, S817, and S818 airfoils”. 
National Renewable Energy Laboratory, 2004: 
NREL/SR-500-36333. 
[15] ABAQUS, Inc “ABAQUS documentation collection, 
Version 6.12”. ABAQUS, Inc., 2012. 
[16] A. Airoldi and B. Cacchione “Modelling of impact 
forces and pressures in Lagrangian bird strike analyses”. 
Int J Impact Eng, Vol. 32, No. 10, pp 1651-1677, 2006. 
[17] A.F. Johnson and M. Holzapfel “Modelling soft body 
impact on composite structures”. Compos Struct, Vol. 61, 
No. 1-2, pp 103-113, 2003. 

[18] Z. Hashin “Failure criteria for unidirectional fiber 
composites”. J Appl Mech -T Asme, Vol. 47, No. 2, pp 
329-334, 1980. 
[19] Z. Hashin and A. Rotem “A fatigue failure criterion 
for fiber reinforced materials”. J Compos Mater, Vol. 7, 
No. 4, pp 448-464, 1973. 
[20] I. Lapczyk and J.A. Hurtado “Progressive damage 
modeling in fiber-reinforced materials”. Compos Part A, 
Vol. 38, No. 11, pp 2333-2341, 2007. 
[21] M. Vural and G. Ravichandran “Microstructural 
aspects and modeling of failure in naturally occurring 
porous composites”. Mech Mater, Vol. 35, No. 3-6, pp 
523-536, 2003. 
[22] M.D. Daniel and O. Ishai “Engineering mechanics of 
composite materials”. Oxford University Press, 1994. 
[23] C. Kyriazoglou and F.J. Guild “Finite element 
prediction of damping of composite GFRP and CFRP 
laminates: a hybrid formulation–vibration damping 
experiments and Rayleigh damping”. Compos Sci 
Technol, Vol. 66, No. 3-4, pp 487-498, 2006. 
[24] MatWeb Greene tweed orthetek WF polyketone, 
continuous woven carbon fiber, Database of material 
properties. 
http://www.matweb.com/search/QuickText.aspx?SearchT
ext=woven%20carbon. Accessed 12 January 2010. 
[25] E. Hau “Wind turbines: fundamentals, technologies, 
application, economics”. 2nd edition, Springer-Verlag, 
2006. 
[26] N. Nanami “Vibration and structural response of 
hybrid wind turbine blades”. Master's thesis, Texas A&M 
University, 2010. 
[27] N. Nanami and O.O. Ochoa “Vibration and dynamic 
response of hybrid wind turbine blades”. In: Liu D, editor. 
Dynamic effects in composites materials, Vol. 1. 
Lancaster: DEStech Publications; 2012. pp 289-301. 
[28] D.J. Benson and S. Okazawa “Contact in a multi-
material Eulerian finite element formulation”. Comput 
Method Appl M, Vol. 193, No. 39-41, pp 4277-4298, 
2004. 
[29] N. Nanami and O.O. Ochoa “Computational 
assessment of bird strike on hybrid composite wind 
turbine blade”. Proceedings of the American Society for 
Composites 27th Annual Technical Conference, 
Arlington, 245, 2012. 
 
 

ICCM19 6425



THE 19
TH

 INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

 

Abstract 

Inorganic polymer matrix composites have been 

fabricated to study the effects of fiber-matrix 

interface modification, combined with the addition 

of TiO2 nanoparticles or carbon nanofibers, on the 

toughness.  The primary reinforcement fiber used in 

this study was Nextel 610.  The MEYEB inorganic 

polymer matrix is of interest as processing involves 

an initial cure, from the liquid state, at 80°C, 

followed by a freestanding postcure at 250°C, 

resulting in material use temperatures exceeding 

870°C.   

Both static bend testing and Dynamic Mechanical 

Analysis (DMA) were performed, on uni-directional 

fiber reinforced 3-point bend beam specimens, to 

evaluate the correlation between the modified 

interface and the nanofiller additions on the 

toughness.  Specimens were tested, at room 

temperature and after sequential multi-hour thermal 

exposures, in air, to a temperature of 760°C.   

The resulting measured trends clearly show the 

effectiveness of the modification of the fiber-matrix 

interface characteristics, and to a lesser extent the 

addition of nanofillers, and demonstrate overall 

mechanical properties improvements are possible. 

Unfortunately, further investigations are needed to 

verify the effectiveness of DMA as a method of 

toughness evaluation. 

 

1  Introduction  

The development of fiber reinforced composite 

materials technology for elevated temperature 

applications is most often limited by toughness and 

manufacturability.  High temperature polyimide 

matrix composites have use temperatures 

approaching 400°C.  These polymers have been 

tailored for resin transfer molding (RTM) and resin 

infusion molding, both techniques that promise high 

degrees of manufacturability.  Fiber reinforced 

polyimide engine intake valves have been under 

investigation, and successful prototypes have been 

produced using RTM [1–3].  While the potential 

exists to survive the temperatures of the intake valve 

using these high temperature polymers, the roughly 

800°C requirement for an exhaust valve is clearly 

out of reach for composites using polyimides as a 

matrix material.  

Based on the successful RTM development of 

carbon fiber reinforced polyimide intake valve 

prototypes, liquid geopolymer resin was considered 

as a candidate material for exhaust valve application.  

MEYEB FS resin and MEYEB hardener, obtained 

from the Geopolymiere Institute, were used in 

attempts to mold ceramic fiber reinforced 

MEYEB™ matrix composite valves using a RTM 

approach [4].  The resulting molded valves, as 

shown in figure 1, demonstrated the potential for 

RTM as a processing technique for this liquid 

inorganic polymer resin.  The molded composite 

valves were well wet out and had good shape 

retention.  However, the prototype valves were too 

brittle to be considered for in-engine testing.  Thus, 

research was initiated to investigate the possible 

enhancement of the toughness of these ceramic fiber 

reinforced inorganic polymer matrix composites. 

 

Fig.1. Resin Transfer Molded, Nextel 440/MEYEB 

composite Engine Valve [4] 

1.1 Inorganic Polymers 

“Geopolymer” is the term often used to refer to a 

class of alumina-silica based inorganic materials 

which are processed like a polymer that undergoes 
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polycondensation at low temperatures, but resemble 

ceramics in the resulting structure and high 

temperature resistant properties [5,6].  The minerals 

that constitute this material are readily available.  

The name “geopolymer” was originated in 1978 

during research efforts focused on the development 

of fire-resistant, non-toxic materials to be used in 

building structures [7].  This material evolved into a 

mineral-based binder for use as a high strength 

industrial cement with significantly shorter cure 

times than traditional Portland cements [5].  More 

recently there has been interest in utilizing the high-

temperature resistant properties of this material and 

its low density to replace heavier metallic 

components in high-temperature applications.  The 

ease of processing fiber reinforced composites with 

these inorganic polymer binders as the matrix, 

compared to traditional ceramic matrix composites 

(CMC’s), also makes them attractive.  The samples 

used in this study were prepared using wet-layup 

techniques, with an initial 1 hour cure at 80°C 

followed by a freestanding postcure at 250°C for 

5 hours.  This is in contrast to more typical ceramic 

matrix composite manufacturing processes, which 

generally require much higher processing 

temperatures, usually exceeding 1,000°C [8].  While 

a substantial amount of research has been published 

on the cementatious variants of these inorganic 

polymers, there is limited data available on fiber 

reinforced composites produced using the thermoset 

resin-like versions, such as the MEYEB FS resin. 

1.1.1 Chemical Structure of the Inorganic Resin 

The inorganic polymer can exhibit several different 

structures characterized by tetrahedral aluminate and 

silicate units referred to as “aluminosilicates” [5].  

The aluminosilicate starting precursors, the AlO4 and 

SiO4 tetrahedra, are found naturally in the mineral 

metakaolinite (nominal composition Al2O3•2SiO2,) 

by calcining kaolinite at 700°C to remove 

chemically attached water [9].  The precursors are 

polycondensed with alkali activators, either KOH or 

NaOH, to form structures, which may be amorphous 

or semicrystalline.  These resulting structures are 

charge-balanced by the addition of alkali metal ions 

such as sodium and potassium [6].  Three prominent 

structural units exist, with the base unit referred to as 

“sialate”, which is an abbreviation for silicon-oxo-

aluminate [5,10]: 

(1) “sialate” [-Si-O-Al-O-]  

(2) “sialate-siloxo” [-Si-O-Al-O-Si-O-] 

(3) “sialate-disiloxo” [-Si-O-Al-O-Si-O-Si-O-] 

These sialate-based fragments condense together to 

form larger polymeric structures called polysialate 

(PS), polysialate-siloxo (PSS), and polysialate-

disiloxo (PSDS) [11,12].  The sialate network 

structure containing the SiO4 and AlO4 tetrahedra 

units are linked in an alternating fashion by the 

sharing of oxygen atoms.  To balance the negative 

charge of Al
3+

 in IV-fold coordination, positive ions 

(Na
+
, K

+
, Li

+
, Ca

++
, Ba

++
, NH

4+
, H3O

+
) must be 

present in the structural spaces [5,6].  The structure 

of the MEYEB inorganic polymer resin used for this 

study is PS containing potassium ions and is 

predominantly amorphous.  This inorganic polymer 

polycondenses in just a matter of minutes.  The 

mechanical properties of the matrix appear to be 

directly related to the silica and alumina ratio, with 

greater silica leading to higher strength [5,13].  The 

addition of reinforcing fibers has been shown to 

substantially improve the strength of the 

unreinforced material [5,14]. 

1.2 Dynamic Mechanical Analysis (DMA) 

Dynamic Mechanical Analysis is a technique in 

which a time variant load is applied to a specimen 

and the resulting material response is measured.  In 

this way, both the elastic and viscous components of 

the material response are measured, and an 

understanding of the internal material energy loss 

can be generated.   

Previous authors have reported on using DMA as a 

method of assessing toughness in fiber reinforced 

composites.  The effect of fiber-matrix interface 

strength has been specifically investigated through 

comparison of the DMA measured energy 

dissipation, or Loss Tangent, to the energy absorbed 

by the composite in static testing [15]. 

In the current research, DMA is performed on uni-

directional fiber reinforced bend beam specimens to 

investigate the correlations between fiber-matrix 

interface modifications, toughness, and the dynamic 

properties.  The goal is to gain a better 

understanding of the effects of interface and matrix 

modification, and of heat treatment temperature on 

toughness, through the measurement of the variation 

in storage modulus (E’) and loss modulus (E”). 
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2  Experimental Procedure 

The experimental approach involved 3-point bend 

testing of uni-directional NEXTEL 610 fiber 

reinforced MEYEB FS inorganic polymer matrix 

composite beams, using both conventional static 

loading, in a mechanical test frame, and dynamic 

loading in a Metravib VA2000 DMA. 

The effect of fiber-matrix interface performance was 

investigated by comparing composites reinforced 

with NEXTEL 610 fibers that had two different 

surface conditions, (i) cleaned and (ii) carbon 

coated.  Further, Pyrograf III carbon nanofibers and 

TiO2 nanoparticles were added, individually, to the 

matrix of carbon-coated fiber reinforced specimens, 

at a 1% volume fraction.  Uni-directionally 

reinforced beams were used, as previous research 

with woven fabric reinforcement resulted in 

significant complexity in separating mechanisms of 

failure [4].  The uni-directional fiber reinforced 

beams tested were nominally 60 mm in overall 

length, 2 mm thick and 7.5 mm wide.  A similar test 

span was used in both static and dynamic test 

procedures.  All tests were performed at nominally 

20°C. 

2.1 Materials 

The as-received NEXTEL 610 fibers have a polymer 

sizing to protect them from abrasion damage prior to 

incorporation into a matrix.  To investigate the 

effectiveness of interfacial strength modification, the 

as-received fibers were treated in two different 

ways.  In both cases the fiber tow was heated to 

700°C.  In one case the atmosphere was air, resulting 

in a “cleaned” fiber surface, free of any coating, 

while in the other case the atmosphere was nitrogen 

(N2), resulting in a carbon coating from the 

converted polymer.  The as-received fibers are pink, 

indicative of the polymer sizing, the fiber heat 

treated in air is bright white, and the fibers treated in 

nitrogen range from dark gray to black in color.  

Visual differences are shown in figure 2.  The 

carbon coating is predicted to result in a composite 

with reduced interfacial bond strength, and 

therefore, increased toughness, as long as the carbon 

layer remains intact, at the fiber-matrix interface.  

The nanomaterials used in the fabrication of the 

composite specimens included Pyrograf®-III PR 19 

XT-PS carbon nanofibers and Altair TiNano 40 

Series titanium dioxide (TiO2) nanoparticles.   

   
 (a) (b) (c) 

Fig.2. Nextel 440 fibers (a) as-received, (b) after 

700°C in air, and (c) after 700°C in N2 

The carbon nanofibers are very fine, highly 

graphitic, low cost, tubular nanomaterials with an 

average diameter of approximately 150 nm and a 

length ranging from approximately 50 to 200 μm 

[16].  The nanofiber consists of a chemically vapor 

deposited carbon layer on the surface of a graphitic 

tubular core fiber [16].  The PS grade nanofiber is 

produced by pyrolytically stripping the as-produced 

fiber to remove polyaromatic hydrocarbons from the 

fiber surface [16].  The XT designation indicates a 

debulked, powder-like form with a bulk density 

ranging from 0.016 to 0.048 g/cm
3
 [16]. 

The inorganic polymer resin must be stored at a 

temperature of −18°C or below.  Once mixed with 

the supplied hardener, it has a room temperature 

useable pot-life of about 30 minutes.  Nanofibers 

were added to the resin prior to the addition of the 

hardener.  Dispersion was performed using a 

Thinky ARE-250 Mixer, set to 2,000 RPM, for a 

period of 5 minutes.  The resin with the dispersed 

nanofibers was placed back into cold storage until 

required for specimen preparation, at which time a 

specified amount was brought to room temperature 

and manually mixed with hardener.  The resin was 

mixed with the hardener at a ratio of 5:1 by weight.   

2.2 Composite Specimen Preparation 

Uni-directional fiber reinforced composite beams 

were produced in the stainless steel die set shown in 

figure 3.  Each of the 8 cavities is nominally 

200 mm long and 7.5 mm wide, which results in a 

molded sample long enough to be cut into three test 

specimens.  The specimens used in the static bend 

testing were nominally 2.5 mm thick, while the 

DMA specimens were approximately 1.9 mm thick.  

The differences were related to differences in 

required bend test configurations. 
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Fig.3. Stainless steel die and T-bar inserts. 

The stainless steel die set was treated with a PTFE-

based mold release.  A pre-determined amount of 

liquid resin was poured into each cavity of the die 

along with a corresponding pre-measured amount of 

the fiber tow, to achieve a nominal fiber volume 

fraction of 50%.  ‘T’-bars were then placed in the 

slots and the complete die placed in a laboratory hot 

press for consolidation.  A preliminary cure cycle of 

1 hour at 80°C was performed while pressure was 

maintained in the hot press.  Upon completion of the 

80°C cure, samples were removed from the die and 

postcured, in air, for 5 hours at 250°C.  This was the 

starting condition for the evaluation.  The resulting 

matrix material is capable of withstanding 

temperatures in excess of 870°C.   

Each of the molded samples was then cut into three, 

nominally 60 mm long, bend beam specimens using 

a diamond saw.  Composite specimens looked quite 

different from each other depending on the fiber 

treatment and nanofiller addition.  Representative 

Nextel 610 DMA bend specimens are shown in 

figure 4, illustrating the difference in color of the 

specimens using fibers with a cleaned surface versus 

those with a carbon coating, as well as the effect of 

the nanofiller additions on the appearance. 

Nextel reinforced inorganic polymers with the fiber 

surface cleaned result in white specimens after the 

initial cure at 80°C and 5 hour postcure at 250°C.  

The carbon-coated Nextel fiber composites have a 

light gray color, which is unchanged by the addition 

of the TiO2, while the addition of 1% Pyrograf III 

carbon nanofibers results in a composite specimen 

with a much darker shade of gray. 

 

Fig.4. NEXTEL 610 beams in each of the variations, 

(from left to right: fiber cleaned, fiber carbon-

coated, carbon-coated plus Ti-Nano, carbon-

coated plus C nanofiber.) 

Specimens were tested after each stage of an 

incremental elevated temperature heat treatment.  

Heat treatments were cumulative, including 430°C 

for 5 hrs, 540°C for 5 hrs, 650°C for 8 hrs, 760°C 

for 5 hrs, and a final heat treatment at 870°C for 

5 hrs.  Thus, the properties quoted after 760°C heat 

treatment actually refer to a specimen which has 

been cured at 80°C for 1 hr followed by 5 hrs at 

250°C, plus 5 hrs at 430°C, plus 5 hrs at 540°C, plus 

8 hrs at 650°C, and finally 5 hrs at 760°C.  Heat 

treatments were carried out in a refractory furnace, 

in air, with heating rates of approximately 10°C/min. 

2.3 Static Flexure Procedure and Calculations 

3-point static flexure testing was based on ASTM 

C1341 [17].  The test fixture had a 45.4 mm support 

span, producing a support span-to-specimen 

thickness ratio of approximately 18:1.  Flexure 

testing was conducted in a screw-type load frame at 

0.005 
mm

/sec with a 445 N tension load cell, and force 

as a function of time was recorded for each test.   

The flexural modulus (E) and toughness (UT) were 

calculated from the recorded data according to 

equations (1) and (2) [17,18]: 

  
(1)

 

  
(2)
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where: 

 b = test specimen width (mm) 

 d = test specimen thickness (mm) 

 L = support span length (mm) 

 m = slope of tangent to the initial straight-

line portion of the force-deflection curve 

(
N
/mm) 

 PU = maximum force (N) 

 σ = stress in outer fibers (MPa) 

 ε = strain in outer fibers (
mm

/mm) 

 εf = strain at failure force (
mm

/mm) 

The mass and rectangular dimensions of each 

specimen were recorded prior to each flexure test.  

Flexural modulus was measured for each specimen 

in the as-cured condition and after every subsequent 

heat treatment.  Toughness was measured for select 

specimens in the as-cured condition and after the 

540°C and 760°C heat treatments.  Specimens were 

loaded to 44 N to measure flexural modulus, or 

loaded to failure to measure toughness.  The 

specimens were determined to have failed if they 

could no longer support more than 80% of the 

maximum load [17].  The recorded data were 

averages of three specimens and modulus was 

normalized to 50% fiber volume fraction.  Flexural 

toughness, as measured by this technique, is the area 

under the stress-strain curve and is directly related to 

the energy stored in the specimen at failure. 

2.4 DMA Test Procedure 

DMA testing was carried using a 01dB-Metravib 

Viscoanalyseur, model VA2000, in the ACCIS 

Laboratory at the University of Bristol, UK, as 

shown in figure 5.  The associated DMA analysis 

software used was Dynatest, version 6.73.  

Specimens were tested in a 3-point bend 

configuration, with a test span of 48 mm, under 

ambient conditions, after each increment of heat 

treatment.  A static mid-span displacement of 

nominally 0.05 mm was applied to ensure that the 

specimen remained in contact with the 3-point bend 

fixturing.  This was equal to between 5 – 10 N 

depending on the beam dimensions and stiffness.  

Sinusoidal loading, for the results described in this 

paper, was applied at 1 Hz.  A dynamic strain 

amplitude of 0.02% was programmed for application 

and the resulting applied dynamic strain was 

recorded as 0.0192%. 

 

Fig.5. 3-point flexural beam test configuration in 

Metravib VA2000 DMA. 

This resulted in a dynamic force ranging from 

approximately 5 – 10 N.  The lowest resultant forces 

were for the carbon-coated beams and the highest 

for the cleaned beams, as the forces are directly 

related to the beam stiffness.  Beams were tested 

twice each after each heat treatment, first with the 

‘T’-bar molded surface up and then inverted, to 

remove any possible effects of fiber migration 

during specimen preparation.  The reported results 

are an average of the two loadings, even though little 

variation was noted during testing.  Load and 

response waveforms were visually monitored, in real 

time, to ensure stability of the specimen on the 

fixture, and thus, reliability of the testing.  Upon 

completion of a dynamic loading sequence, the 

system generated a report of the storage modulus, 

E’, the loss modulus, E”, and the loss tangent, Tan .   

For a brittle material the storage modulus, E’, is 

effectively equivalent to the elastic modulus.  The 

loss tangent is the ratio of the loss modulus divided 

by the storage modulus, and gives an indication of 

the internal material damping.  However, the loss 

modulus, E”, can be directly related, at a 

fundamental level, to the energy loss, or dissipation 

within the specimen in the elastic range.  The 

dynamic work/energy relationship, for work/unit 

volume/cycle of steady-state sinusoidal oscillation, 

can be written [19]: 

 W = 0
2

E”( ) (3) 

where: 

0 = maximum strain in the applied waveform 
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Thus, E” is proportional to the energy dissipated per 

cycle and can be related to the specimen toughness 

in a way consistent with the toughness measured in 

static bending by ASTM C1341. 

3  Results and Discussion  

It was expected that neither the carbon layer at the 

fiber-matrix interface of the specimens, nor the 

carbon nanofibers in the matrix would be stable in 

air at the elevated heat treatment temperatures.  

Figure 6 shows the effect of heat treatment 

temperature on the observed appearance of the DMA 

specimens.  The most obvious change in color is 

noted in the specimens with the carbon nanofiber 

additions, where the specimens transform from 

almost black to nearly white as the nanofibers react 

in air with increasing temperature.  However, closer 

inspection shows that the specimens with a carbon 

coating at the fiber-matrix interface are also taking 

on a lighter shade of gray.  Thus, it is clear from 

figure 6 that the carbon content is decreasing with 

thermal exposure. 

   
 250°C 540°C 760°C 

Fig.6. Color change in Nextel 610 reinforced DMA 

specimens due to heat treatment.  Each group, 

from left to right; cleaned, carbon-coated, 

TiO2 added, C-nanofiber added. 

3.1  Flexural Modulus 

The flexural modulus for each of the four specimen 

variations, with respect to heat treatment, is shown 

in figure 7.  Specimens with cleaned fibers 

consistently exhibit the highest modulus across the 

temperature range.  The cleaned fiber specimens 

possess the higher initial modulus, which remains 

largely unchanged for the tests at 250°C, 540°C and 

760°C.  The moduli of the TiO2 nanoparticle filled 

specimens show no significant trend, with a slightly 

higher value at 540°C.  The modulus of the carbon 

coated fiber composite with no nanofillers and 

carbon-coated fiber composite filled with carbon 

nanofibers increases with temperature, from 250°C 

to 760°C, with the modulus of the carbon coated 

fiber specimens approaching that of the cleaned fiber 

specimens at the highest temperature.   

 

Fig.7. Flexural Modulus vs. Specimen Type 

Variations in modulus are predicted with changing 

interfacial bond strength.  A strong interface is 

expected to result in good load transfer and a 

resulting modulus approaching a value that might be 

predicted by Rule of Mixtures calculations.  

Reduced interfacial strength is then expected to 

result in a reduction in the measured modulus.  

Based on the chemical similarity between the 

MEYEB matrix and Nextel fibers, the cleaned fiber 

specimens are predicted to have the strongest 

interface and thus the highest modulus.  Trends 

indicate that the carbon coated fiber specimens 

experience modulus improvements corresponding to 

the thermal degradation of the carbon coatings with 

extended time at temperature.  This is a result of a 

stronger interface developing as the carbon coating 

disappears and the fiber and matrix form high 

strength bonds, more characteristic of the cleaned 

fiber specimens.  The modulus of the carbon 

nanofiber modified specimens increases with 

temperature, consistent with the increase in modulus 

of the unmodified carbon coated fiber specimens.  

However, it is unclear why the nanomaterial 

additions appear to have a detrimental effect on the 

magnitude of the modulus when compared at each 

temperature to the carbon coated fiber specimens, as 

it would be expected that the nanomaterial additions 

would have only a limited effect on the measured 

modulus. 
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3.2  Flexural Toughness 

The flexural toughness results for the four specimen 

variations with respect to heat treatment are shown 

in figure 8.  The cleaned fiber specimens exhibit the 

lowest toughness of all four types of specimens.  

The toughness remains relatively constant with 

temperature. The carbon coated fiber specimens 

maintain toughness through 540°C, but experience a 

substantial reduction at 760°C.  The toughness of the 

nanomaterial specimens also decrease with 

temperature, but it must be remembered that these 

specimens are carbon coated Nextel fiber specimens 

with nanomaterial additions and thus, the carbon 

depletion at temperature affects the interface 

strength in each of these specimens. 

 

Fig.8. Flexural Toughness vs. Specimen Type 

The measured trends in toughness correspond to 

stronger interfaces as the carbon interface coating 

reacts in air at elevated temperature.  It appears that 

the specimen toughness is more closely a function of 

interface than of nanomaterial addition, due to the 

significant reduction in toughness of the TiO2 

nanoparticle and carbon nanofiber specimens with 

temperature; the carbon coated fiber, and 

nanomaterial specimens show approximately the 

same toughness at 760°C.   

It is important to observe that for the specimens 

post-cured at only 250°C, the carbon nanofiber filled 

specimens clearly demonstrate toughness above the 

other cases, and specifically, well above the carbon 

coated fiber specimens.  This improvement over the 

carbon coated fiber specimens suggests that, in 

addition to the effectiveness of the reduced fiber-

matrix interfacial strength, the carbon nanofibers are 

generating an additional toughening mechanism in 

the matrix.  The TiO2 nanoparticles are not as 

effective as the carbon nanofibers in generating an 

improvement over the carbon coated fiber case.  Of 

course, as the heat treatment temperature increases, 

the carbon nanofibers are expected to be rapidly 

degraded by oxidation and the toughness of the 

carbon coated fiber specimens and the carbon 

nanofiber filled specimens are approximately equal 

at 540°C and 760°C, suggesting the remaining 

mechanism is only the fiber-matrix interface. 

3.3  DMA Results 

DMA results are summarized in figures 9 and 10.  

The charts, showing the response of the storage 

modulus (E’) in figure 9 and the loss modulus (E”) 

in figure 10, allow comparison of the effects of heat 

treatment on the four specimen types.   

3.3.1 Storage Modulus 

As noted for the flexural modulus, figure 8, the 

DMA measured storage modulus, after each heat 

treatment, is greatest for the cleaned fiber 

composites.  In comparison, the differences in 

modulus between the various specimen types are 

much smaller than was noted in static bend testing.  

After the preliminary cure and post cure at 250°C, 

the measured E’ value and the Flexural Modulus of 

the cleaned fiber specimens was reasonably 

consistent at approximately 155 GPa.  However, 

while the trends for the 250°C post cure values are 

similar in that there is a marked drop for all three 

other cases using the carbon interface on the fibers, 

the static bend test measured moduli fell to 

approximately 90 GPa, while the E’ values were 

consistently near 125 GPa, as seen in figure 9.   

Unfortunately, the static bend Modulus data seem 

suspect, showing a large drop for those specimens 

with the carbon interphase.  The degree of reduction 

in stress transfer between the fiber and matrix that 

would be required seems extreme, and is likely an 

indication of difficulties in specimen manufacture 

and fiber wetout.  (Specimens for DMA and for 

static bending were produced with the identical 

materials, but at different times.)  Yet, for all three 

conditions with the carbon coated fibers, the general 

trend, with increased temperature, is an increase in 

the value of the storage modulus; however, this 

increase is not as significant as seen for the carbon 

coated and carbon coated plus carbon nanofiber 

filled static bend tests.  It is worth noting that for all 

specimen types, the storage modulus at least 
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approaches 160 GPa at 540°C, while the modulus 

recovery measured in static bending is more subtle.  

Still, the increase in E’ with temperature for the 

specimens with carbon coated Nextel 610 fibers is 

consistent with an increased interfacial bond 

strength as the carbon is lost, and the bond strength 

between the similar fiber and matrix increases.  For 

the specimens with no fiber-matrix interphase 

(cleaned) the measured modulus is consistent with 

predictions based on the constituent material 

properties.  While it is possible that the reduction in 

Storage Modulus noted at 760 C is related to 

changing matrix properties, no neat matrix tests 

were included in this study. 

 

Fig.9. Storage Modulus vs. Specimen Type 

3.3.2 Loss Modulus 

Loss Modulus data suggests increased internal 

energy loss with the addition of the carbon 

interphase as shown for the carbon coated and TiO2-

filled specimens versus the cleaned specimens in 

figure 10.   

For the cleaned specimens, the trends in static bend 

test determined toughness with thermal treatment are 

consistent with the trends in E”.  Unfortunately, for 

the remaining specimen conditions, the correlation is 

not as clear.  For all except the carbon nanofiber 

filled specimens, the E” values do show a general 

improvement when compared to the cleaned fiber 

specimens, but this gain is not as marked as the 

improvement in toughness shown in figure 8.  

Further, the static bend test toughness shows the 

highest values for specimens after only the 250°C 

postcure, while the Loss Modulus results seem to 

point to the highest values after the 540°C heat 

treatment.  This is especially true for the nanofilled 

specimens and may be an indication that the 1 Hz 

dynamic test frequency is insufficient to evaluate the 

effectiveness of the nanofillers.  Comparing the 

measured toughness for the various conditions 

suggests that both the carbon coating and nanofillers 

are effective at the lower temperatures, while the 

loss modulus, (E”) does not seem sensitive to the 

nanofiller additions.  Thus, it seems that further 

testing, possibly at higher frequencies, will be 

required to better understand the ability to correlate 

toughness to DMA characterization for these 

materials and the associated nanofillers. 

 

Fig.10. Loss Modulus vs. Specimen Type 

4  Conclusions 

The weakened interface associated with the carbon 

coating on the continuous reinforcing fibers results 

in a reduced modulus and improved toughness, 

measured both in static flexure and with DMA.  

However, the details of the effects of the 

nanomaterial additions, and the trends with 

temperature, differ somewhat between the two test 

approaches.  While using the internal energy 

dissipation (E”) as a measure of specimen toughness 

seems reasonable, the results show better correlation 

for interface modifications than for nanomaterial 

additions.  However, the quality control of the 

specimens tested in the two methods is also in 

question, and thus, the specimen preparation 

consistency needs to be addressed, as does the effect 

of temperature on the neat matrix properties.  Future 

work is required to understand whether the limited 

correlation in the nanomaterial filled specimens is an 

inherent drawback of the DMA technique, or 

whether additional data at higher test frequencies 

will result in improved sensitivity to the nanoscale 

additions. 
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Abstract: A 6061 Al alloy composite reinforced with 15wt% SiC particles has been produced by
powder processing routes followed by extrusion and cold rolling. The microstructure and mechanical
properties were compared with the 6061 Al alloy produced by powder compaction followed by
extrusion. Microstructural characterization and mechanical property tests have been carried out in as-
extruded and as-rolled conditions. No interfacial reactions were promoted during the fabrication
procedures. A significant realignment of SiC particles were obtained after cold rolling. The particle
free bands in as-extruded sample have disappeared with further rolling passes, resulting in a more
homogeneous distribution of SiC particles. The microhardness values of the 6061Al/SiCp sample are
much higher than those of the 6061Al sample. With increasing rolling reductions, the microhardness
values of both the composite and 6061Al alloy increases until reaching a limit value. The three-point
bending strength of as-rolled composite has surpassed the as-extruded composite by a significant
amount.

Keywords: metal matrix nanocomposites; powder metallurgy; microstructure; mechanical properties

1 General introduction

During the past thirty years, the development of
metal matrix composites (MMC) has been one of the
prime innovations in materials. Early studies on
MMCs mainly focused on the development of
continuous fibre reinforced materials. However, high
manufacturing costs coupled with high costs of the
reinforcement fibres and complex fabrication routes
have hindered their industrial applications and led to
the development of particulate reinforced
composites [1].

Particulate reinforced Al alloy composites are
attractive materials for automotive and aerospace
applications due to their lightweight, high modulus
and strength and high wear resistance [2]. Many
techniques have been developed to produce these
kinds of composites. According to the different
processing temperature, the processing methods can
be loosely divided into two categories: liquid phase
processing techniques such as casting and solid
phase processing techniques including powder
metallurgy routes [1]. After the primary fabrication
methods, secondary processing techniques such as

extrusion, rolling or forging are necessary for
consolidating the composites and decreasing their
porosity [3].

Extrusion is a very effective step to improve the
density and mechanical properties of MMCs. Cocen
and Önel [4] studied as-cast and extruded Al
alloy/SiCp composites and found that with the same
matrix and reinforcement volume fractions, the
tensile strength values of the extruded composites
were improved by ~40% compared with as-cast
composites. Similar experimental results were also
observed by Rahmani Fard and Akhlaghi [3] on
A356/SiCp composites and Tham et al. [5] on
Al/SiCp composites. Multiple explanations are given
for the effect of the extrusion process on the
composites’ properties. First of all, the high
temperature and pressure during extrusion is an
effective way to break up the oxide layer on the
surface of the powder particles, resulting in
enhanced adhesion of the matrix-particle interfacial
areas [6]. Secondly, extrusion can decrease porosity,
refine particle size, break up particle agglomerations
and lead to a more uniform distribution of
reinforcement particles [7]. All these combined
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factors result in a significant improvement on the
mechanical properties of composites after extrusion.
Appropriate processing parameters, such as
extrusion ratio and extrusion temperature, need to be
explored to obtain a fine microstructure and
eliminate extrusion defects, such as particle cracking
and microporosity.

Rolling is another secondary processing technique
that allows obtaining metal matrix composites in flat
shapes. However, compared with extrusion, few
published papers have systematically studied the
effect of cold rolling with high rolling reductions on
microstructure and mechanical properties of
composites. Sajjad Amirkhanlou et al. [8] compared
6061Al/SiCp composite produced by compocasting
followed by cold rolling to different reductions and
found out that the rolled specimens exhibited
reduced porosity and a more uniform distribution of
SiC particles in the matrix, resulting in a much
higher tensile strength and elongation. In general,
during cold rolling, the strength of the composites
can increase significantly due to work hardening
effects. In addition, porosity elimination and particle
realignment can be achieved. However, severe
damages such as cavitations, particle cracking and
crack growth can easily happen since rolling
involves high local strains being imposed really
quickly, especially at low temperatures [9].

In the present work, 6061 Al alloy matrix
composites reinforced with SiC nanoparticles have
been produced by powder processing routes
followed by extrusion and cold rolling. For
comparison purposes, 6061 Al strips were also
produced using the same extrusion and rolling
conditions. Microstructural characterization, texture
analysis and mechanical property tests have been
carried out on as-extruded and as-rolled samples.
The effect of extrusion and cold rolling on the
overall properties of the composites has been
analyzed.

2 Experimental procedure

6061 Al alloy reinforced with 15wt% SiC particles
of an average particle size of 500nm billets were
received from an industrial collaborator. The billets
were produced by high energy ball milling followed
by solid state compaction and hipping. For
comparison purposes, 6061 Al powder of an average
size of 10μm was cold compacted with a load of 
350KN. The 6061 Al alloy and composite billets
were extruded at 375°C with an extrusion ratio of

6:1 to obtain strips with 6mm thickness. All the
extruded strips were solution heat treated at 525°C
for 3h followed by water quenching. The heat
treated strips were then cold rolled with multiple
rolling passes till the thickness of ~1mm was
achieved.

Microstructural characterization was carried out on
as-extruded and as-rolled samples by means of X-
ray diffraction (XRD) and microscopy analysis. The
samples for XRD analysis were polished down to
P1200 SiC papers to obtain a flat and smooth
surface. A Philips 1810 θ-2θ diffractometer was 

used with the following scanning parameters: Cu-
Kα radiation, scanning angle 2θ between 10-100º, 
step size 0.02º, voltage at 35kV and filament current
of 50mA. A JEOL 6300 scanning electron
microscope (SEM) was used for the microscopy
analysis.

The crystallographic texture of as-extruded and as-
rolled samples was measured on a Philips X’pert
MRD system. All samples used for texture analysis
were taken from the intermediate section of the
strips. Four incomplete pole figures {1 1 1}, {2 0 0},
{2 2 0} and {3 1 1} were measured up to a
maximum tilt angle of 85° by the Schulz back-
reflection method using Cu-Kα radiation. 
Orientation distribution functions (ODFs) were then
calculated from the pole figures after background
and defocusing corrections.

Mechanical properties of the as-extruded and as-
rolled samples were analyzed by means of
microhardness and three-point bending tests. Cross
sections of the strips after each rolling pass were cut
and mechanically polished to a mirror-like finish for
microhardness testing using a load of 0.2Kg and a
holding time of 20s. More than 20 measurements
were made for each specimen. The flat bending
samples were cut along the extrusion (ED) or rolling
direction (RD) with dimension 12mm × 1mm ×
1mm and then mechanically polished on every side
down to P4000 SiC papers. The tests were
performed in an Instron 3366 testing machine with a
constant strain rate of 10-4s-1. At least two tests were
performed for each specimen.

3 Results and Discussions

3.1 XRD analysis
XRD analysis has been carried out on as-extruded
and as-rolled 6061Al alloy and 6061Al/SiCp
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composite to identify the phases present during the
manufacturing process. The diffractograms are
shown in figure 1. For as-extruded 6061Al alloy,
fcc-Al and intermetallic phase Mg2Si were identified.
After cold rolling, both Mg2Si and AlFeSi [10,11]
phases were observed indicating that large plastic
deformation might promote precipitation process.

For 6061Al/SiCp composite, a previous work [12]
have shown that SiC particles tend to react with Al
matrix during the processing steps, forming Al4C3

and Si precipitates at the interface, which are
detrimental to the overall mechanical properties of
the composites. In the as-extruded composite, XRD
analysis identified fcc-Al phase, 6H-SiC phase and
the same intermetallic phases observed for the
6061Al alloy. No other phases were observed
indicating that no interfacial reaction is detected by
XRD. The X-ray diffractogram of the as-rolled
composite did not show much difference compared
with the diffractogram of the as-extruded composite,
which indicates that the cold rolling process did not
promote the interfacial reactions between Al matrix
and SiC particles as it is observed in the limits of the
XRD resolution.

In addition, it is observed from figure 1 that the
relative intensities of each Al peaks have changed in
as-extruded and as-rolled conditions. This is an
indication that the Al grains have rotated to their
preferred orientations during cold rolling, forming
certain textures in as-rolled samples, which is
discussed in detail in section 3.3.

3.2 Microstructure
Figure 2 shows the SEM images of as-received billet,
as-extruded and cold rolled (down to 1mm)
6061Al/SiCp composite. It can be seen from figure
2(a) that the SiC particles are not homogeneously
distributed in the as-receive billet. There are some
areas free of SiC particles (see arrows). After
extrusion, those areas are observed as particle free
bands with a width of 5-10μm along the extrusion 
direction (ED) (figure 2(b)). The banded structure
can be reduced even disappear when increasing the
extrusion ratio and/or the extrusion temperature
according to literature [3,13]. In the present work, a
low extrusion ratio and temperature has been used
which led to an insufficient flow of the matrix alloy
to obtain a homogeneous particle distribution.
Besides, a small amount of porosity was observed
after extrusion which was also due to extrusion
conditions used.

During cold rolling, with increasing rolling
reductions, the SiC particulate free zones became
narrower and most of them disappeared after about
70% rolling reductions. Finally, a uniform
distribution of SiC particles in the 6061 Al matrix
can be observed in figure 2(c). Similar behaviours of
the redistribution of particulate reinforcements
during rolling were also observed elsewhere [14-16].
During cold rolling, cracks began to develop at the
side of the strips and grew inside with more rolling
passes, especially for the 6061Al/SiCp composite
sample. However, no cracks were found in the
middle of the strips.

Careful observation of figure 2(c) also shows that
the amount of porosity in the composite has largely
decreased compared with as-extruded sample. It
indicates that rolling can reduce the number of pores
and improve interfacial bonding strength between
6061 Al matrix and SiC particles, since high
pressure and metal flow during the rolling process
can easily removed porosity and improve bonding
cohesion increasing the relative density of the as-
extruded composite.

Although the amount of porosity has reduced after
rolling, a considerable amount of SiC particle
cracking was formed during cold rolling as
illustrated in the inset picture in figure 2(c). It is
believed that the substantial increase in rolling
pressure is the reason for such cracking in the SiC
particles. The brittle SiC particles will fracture once
the stress concentration reaches the fracture strength
of the particles. Especially for relatively larger
particles, they are more likely to fracture than
smaller sized particles since they endure higher
stress concentrations and have a higher possibility of
containing flaws [17].

3.3 Texture analysis
The crystallographic texture of Al alloys and their
composites during extrusion and rolling has long
been studied by many researchers since anisotropy is
very important to the overall mechanical properties
[18].

ODFs of 6061Al alloy and 6061Al/SiCp composite
in as-extruded and as-rolled conditions are shown in
figure 3 to study the texture evolution during
extrusion and rolling. From figure 3(a) and 3(b), it
can be seen that after extrusion into strips and
solution heat treatment, the 6061Al alloy has a
strong orientation near S component (φ1=65, Φ=35, 
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φ2=65). After cold rolling, the texture can be
described by a β fibre which runs from Brass 
component (φ1=35, Φ=45, φ2=90) to Copper
component (φ1=90, Φ=35, φ2=45) through S
component, which is the typical fibre texture after
cold rolling of fcc metals [19]. For 6061Al/SiCp

composite (shown in figure 3(c) and 3(d)), after
extrusion and heat treatment, the sample has a
moderate strong texture component near S. After
cold rolling, instead of getting sharper textures like
6061Al alloy, the texture of the composite sample is
quite random with a bit higher intensities near S. All
these features were more clearly shown in figure 4
which depicts the intensities along β orientation 
lines.

Compared with 6061Al alloy, the 6061Al/SiCp

composite has weaker texture components in both
as-extruded and as-rolled condition due to the
additions of non-deformable SiC reinforcement. For
6061Al alloy, the Al grains rotate and elongate along
the extrusion or rolling direction, hence, a strong
plane strain deformation texture is developed. For
6061Al/SiCp composite, due to the formation of
deformation zones around the SiC particles where
very high density of dislocation and strong lattice
rotations are being built up, grain rotations will be
restricted to some extent [20,21]. As a result, the Al
grains near SiC particles cannot rotate to the
preferred orientation like the rest of the matrix,
resulting in weaker texture components.

In general, the texture intensities become stronger
with increasing cold rolling reductions, like is
observed for the 6061Al alloy. In the case of
6061Al/SiCp composite, the orientations of Al grains
become weaker and randomized with further rolling
reductions. This is closely related with the
microstructure change in as-extruded and as-rolled
conditions. As discussed in section 3.2, the as-
extruded 6061Al/SiCp composite has particle free
bands and particle rich zones. The particle free
bands are the areas with typical deformation textures
since they are far away from SiC particles. The Al
orientations in particle rich zones, however, due to
the deformation zones around SiC particles, are
randomized. During cold rolling, the particle free
bands become narrower and a homogeneous
distribution of SiC particles was achieved in the
final rolled sample. The disappearance of particle
free bands lead to the random texture in as-rolled
sample since the Al grains have no preferred
orientations when it is around the SiC particles.

3.4 Microhardness
Microhardness is a useful method for quickly
allowing judgment of a material’s performance, as it
is closely related to the yield stress. Microhardness
data on as-extruded and cold rolled specimens after
each rolling pass was plotted as a function of the
rolling strain in figure 5. It shows that the
microhardness of both samples increase with
increasing strains due to work hardening up to a
maximum limit value. The microhardness values of
6061Al/SiCp composite sample have increased about
33%, from 120µHV200 in as-extruded state to 160
µHV200 after cold rolling at a true strain of 3.3. For
6061Al sample, the microhardness values increased
100%, from 60µHV200 at the as-extruded state to
120µHV200 after cold rolling at a true strain of 3.6.
The 6061Al alloy has a larger work hardening
capacity than the 6061Al/SiCp composite. All of the
values for the 6061Al/SiCp sample are much higher
than those of the 6061Al sample indicating effective
strengthening from the SiC particles.

The empirical power-law relationship developed by
Holloman [22] was used to describe the
microhardness-strain curves:

ܸܪߤ ൌ Ɋܪ ܸ ܭ ȉሺߝെ )ߝ (1)

where µHV is the microhardness as a function of
rolling strain, ε, µHV0 is the initial microhardness
value in as-extruded condition, K and m are fitting
parameters dependent on the material and the testing
temperature and ε0 is the initial strain value after
extrusion, which equals to 1.77 in the present work.

Figure 5 also shows the fitted lines for both
specimens based on eq. 1. It is obvious that the fitted
lines are in good agreement with the experimental
data. Material constants K and m are obtained from
the curve fittings and work hardening rates ݀ɊܸܪȀ
ߝ݀

݀ɊܸܪȀ݀ ൌߝ ܭ ȉ݉ ȉሺߝെ )ߝ ିଵ (2)

are computed and plotted in figure 6 as a function of
true strain.

From figure 6, it is clear that the initial work
hardening rate is high and then decreases with
increasing strains for both materials. The work
hardening rate is governed by dislocation
accumulations and the dynamic recovery rate. At the
beginning of deformation, the number of
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dislocations increases as deformation proceeds.
Dislocations on different slip systems intersect and
the intersections block the dislocations from further
motion, causing rapid work hardening rate [23].
Then at a certain point, cross slip or climb of
dislocations is launched, causing dislocations with
opposite signs to meet and annihilate, a lowering
work hardening abilities is developed. With further
deformations, a balance between dislocation
generation and annihilation is created where no more
hardening happens and a stress limit is reached [24].

For 6061Al alloy, in solid solution state, solute
atoms have a pining effect to the gliding dislocations
and can effectively reduce the dynamic recovery rate,
leading to high work hardening capabilities. For Al
alloy composites, some researchers [25] found that
smaller size particles will increase the work
hardening of composites. This conclusion is in
contradiction with figure 6 which shows a lower
work hardening rate for 6061Al/SiCp composite than
for 6061Al alloy. It is believed that the large amount
of particle cracking in the composite system is the
reason for this contradiction. Particle cracking and
the subsequent development of microvoids near the
fractured particles can caused localised strain
softening and lead to a decrease in the overall work
hardening rate [26]. Similar results were also
observed recently by M. Soliman et al. [27] who
found that the work hardening rate for 7108Al
reinforced with 20vol.% of SiC particles is lower
than the matrix itself.

3.5 Bending properties
Bending test is normally required at industry to
evaluate sheet formability and anisotropy of
produced sheet [28]. Figure 7 shows the schematic
illustrations for the three-point bending tests with
sample orientations (ND: normal direction; ED:
extrusion direction; RD: rolling direction). Based on
the Force-Displacement curves from the three-point
bending tests, flexural stress () and flexural strain
() were calculated by Eq. 3 and Eq. 4:

ߪ ൌ ሺ͵ ܲכ ʹሻȀሺܮכ ݓכ (ଶݐכ (3)

ൌߝ ሺܦכݐכሻȀܮଶ (4)

Where, P is the applied load at the centre of the
beam, L is the span length, w is the width of the
specimen, t is the thickness of the specimen and D is
the displacement of the beam at the centre,
respectively [28]. None of the specimens have

fractured during the tests since the equipment
limitation has been reached.

The calculated flexural stress–flexural strain curves
for different specimens were plotted in figure 8 and
the yield stress values were summarized in Table 1.
Compared to 6061Al alloy specimens, the
6061Al/SiCp composite has much higher yield
strength. The yield strength of as-extruded and as-
rolled 6061Al/SiCp composite has increased by 105%
and 31% compared with as-extruded and as-rolled
6061Al alloy, respectively, indicating effective
strengthening from SiC reinforcements. Due to the
increasing amount of SiC particle cracking during
cold rolling, the extent of increase in yield strength
has declined compared with as-extruded specimens.
In addition, texture analysis suggests that with
further rolling passes, the 6061Al/SiCp composite
has no preferred orientations while the 6061Al alloy
has developed a sharp β fibre texture, causing a 
reduced amount of texture strengthening for as-
rolled 6061Al/SiCp composite when compared to as-
rolled 6061Al alloy.

Furthermore, for 6061Al alloy and 6061Al/SiCp

composite, the yield strength of as-rolled specimens
has increased by 100% and 28% compared with as-
extruded specimens, respectively. It is suggested that
the amount of dislocation densities brought by
during cold rolling is the main reason for the
improved yield strength.

4 Conclusions

6061 Al alloy reinforced with SiC nanoparticles has
been produced by powder processing routes
followed by extrusion and cold rolling.

The as-extruded and as-rolled 6061Al/SiCp

composite samples both have fcc-Al phase, 6H-SiC
phase and a minor fractions of other intermetallic
phases. No interfacial reaction phases were
identified by XRD and microscopy analysis,
indicating no evidence of interfacial reactions during
manufacture procedures and the following extrusion
and rolling process.

A significant redistribution of SiC particles was
obtained during cold rolling. Particle free bands in
as-extruded condition disappeared after ~70% of
cold rolling reduction, resulting in a homogeneous
distribution of SiC particles within 6061Al matrix.
Porosity was also reduced till disappeared after cold
rolling. Meanwhile, substantial amounts of SiC
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particle fracture were formed in rolling process,
preferably in larger sized particles.

The 6061Al alloy develops a typical β fibre texture 
during cold rolling while the 6061Al/SiC
has randomized Al grain orientations after rolling
due to the presence of non-deformable SiC particles,
causing the formation of deformation zones around
the particles.

Microhardness values of 6061Al
6061Al/SiCp composite increase with increasing
rolling strains up to a limit value.
have a relatively high initial work hardening rate and
then decrease rapidly with increasing rolling strains.
Compared with 6061Al alloy, 6061Al/SiC
composite has a lower work hardening rate due to
the microstructure imperfections.

The flexural yield strength from three
tests show improved strength of
6061Al/SiCp composite compared with 6061Al alloy
in as-extruded condition. Despite the increasing
amount of SiC particle cracking during cold rolling,
the as-rolled specimens still exhibit improved
strength respect to the as-extruded specimens

Overall, the cold rolling process on
nanocomposite improves homogeneity of the
microstructure and increases
considerably. Also, it does not introduce anisotropy
as crystallographic texture in Al alloy matrix
random.
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Fig. 2. SEM images of: (a) as-received
composite; (b) as-extruded 6061Al/SiCp

as-rolled 6061Al/SiCp composite after ~
(ED: Extrusion direction; RD: Rolling direction). Arrow
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As-extruded 6061Al/SiCp composite; (d): As
6061Al/SiCp composite
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Fig. 7. Schematic illustration for the three-point bending
tests (ED: Extrusion direction; RD: Rolling direction;
ND: Normal direction)
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Fig. 8. Three-point bending curves for as-extruded and
cold rolled 6061Al alloy and 6061Al/SiCp composite
samples. Cold rolled samples were tested under a
condition of true strain of 3.6 and 3.3 for the alloys and
the composite respectively.

Specimen Condition
Stress at yield

(MPa)

6061Al
As-extruded 235±17

As-rolled 471±21

6061Al/SiCp

As-extruded 482±28

As-rolled 616±15

Table 1. Bending properties of 6061Al alloy and 6061Al/SiCp

composite in as-extruded and cold rolled conditions
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1 Introduction 
Over the last several years, there has been an increasing 

interest in Miniature Air Vehicles, (MAVs).  Due to 

their limitation in weight [1], MAVs rely on advanced 

lightweight structures and components to achieve flight.  

This requires the MAV to be powered by a small but 

efficient battery.  A consistent problem that arises 

among different MAVs is the limitation to flight 

duration. Thus, new technologies for enabling energy to 

be harvested for long-term/distance missions are 

required.  While technologies like flexible solar cells and 

piezofilms [2] exist to “harvest energy” during missions, 

they are difficult to integrate using their existing 

packaging because the added weight and stiffness 

decrease the load bearing capabilities and increase 

energy requirements.   

 

To overcome these limitations, integration of energy 

harvesting elements (such as solar cells) into the critical 

structural components (such as wings) must be studied.  

This integration can be accomplished using transfer 

processes where the choice of substrate plays a more 

dominant role in the compliance of the structure. 

Compliant design issues can then focus on the thickness 

of the substrate, the elastic properties, the density, and 

the geometry and distribution of the energy harvesting 

element. The key to realizing a complete understanding 

of compliant design for these new “multifunctional 

structures” is a multi-stage multi-material molding 

process we have developed that enables us to completely 

integrate electronic components with polymer and 

polymer composite structural members. Thus, we are 

investigating experimental and computational 

multifunctional principles for guiding the design of 

compliant wing structures with integrated solar cells. 

 

With an understanding of these principles, we propose a 

general model to quantify the benefits or drawbacks of 

design changes made to MAV wings.  Making the time-

in-flight a function of the consumption of energy due to 

thrust forces and accounting for the total power of the 

platform, one can predict how changes in wing design 

due to solar cell integration will affect the duration of 

flight time.  This model was derived using University of 

Maryland’s Jumbo Bird, but the model can be extended 

to different types of MAVs, and allow researchers to 

explore new designs for multifunctional compliant 

energy harvesting structures subjected to aerodynamic 

forces. 

 

2 Experimental Approach 

2.1 Wing Design 

The wings for this MAV are made up of Mylar foil or 

Mylar and supporting spars made of carbon fiber rods 

and tubes.  The carbon fiber rods and tubes give the 

wing its structure while the Mylar makes up the body or 

skin of the wing. The initial design of the wings 

consisted of a flat wing design where the upstroke and 

downstroke of the MAV cancels out the generated forces 

and produced zero static lift.  With these wings, the 

MAV relies solely on aerodynamic lift generated while 

the MAV is moving forward to keep it aloft.  However, 

integrating solar cells to these wings adds more mass to 

the system and do not allow the MAV to stay aloft.  

Therefore, a new wing structure with a compliant front 

spar has been specifically designed for the integration of 

solar cells.  These wings are designed to form a rounded 

pocket in the upstroke and straighten out on the 

downstroke.  Compared to the previous set of wings, 

these wings generate a positive static lift.  The rounded 

compliant spar provides a beneficial aerodynamic shape 

that allows the wing to experiences less air resistance 
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during the upstroke.  Even though these wings provide 

more static lift than the previous wings, the installation 

of solar cells still decreases the performance of these 

wings.  The ability for the wings to deform to the 

rounded aerodynamic shape is restricted by the 

installation of solar cells.  Through the integration of 

solar cells, the wing becomes more rigid since the solar 

cells are stiffer than the Mylar. Ergo, the attached solar 

cells should decrease the lift generated by these wings.   

 

The compliant spar was designed for ideal durability, 

size, and weight. The spar is composed of two, 1/8” 

carbon fiber rods adjoined by a monolithic compliant 

section. All carbon fiber spars are manufactured by 

Midwest Products Co. Inc, and all under stock number 

5720. A laser cutter is used to manufacture the compliant 

section from a 1/8” thick Delrin® sheet. Delrin® 

material was selected for its superior tensile strength, 

stiffness, creep resistance, and fatigue [3]. Another 

advantage of selecting Delrin® material is that it is easy 

to manufacture on the laser cutter. The inside carbon 

fiber rod is 5” long, the compliant section is 6” long, and 

the outside compliant spar is 7” long. The total 

horizontal length of the fully assembled compliant spar 

is 18”. The compliant section of the spar weighs 9.2g.  

To maintain the shape of the wings, auxiliary spars 

extend down perpendicularly from the compliant spar at 

the top of the wing.  This ensures that the entire wing 

maintains the shape necessary to generate the forces 

necessary for flight.   

 

The integration of the solar cells also has an impact on 

overall wing performance.  Three MPT6-75 Powerfilm© 

Solar cells were integrated to the wing.  Each solar cell 

was 2.87 inches wide, 4.49 inches long, and weighed 2.3 

grams.  They have an operating voltage of  6 volts and 

produce a current of 50 mA in sunlight.  Connecting 

these solar cells together, 150 mA of current can be 

generated.  The solar cells are connected widthwise by 

adhering a small strip of Mylar between each cell.  These 

solar cells are then adhered to the actual wing of the 

MAV.  A rectangular section where the solar cells are to 

be integrated was first cut out of the wing.  The solar 

cells were placed as close to the compliant spar and body 

of the MAV as possible.  This is where the solar cells 

would have the smallest effect on the shapes the wing 

needs to take during flight.  The solar cells were adhered 

to the wing completing the construction of the wing.  

The completed wing can be seen in Figure 1. 

 
Figure 1: Completed Compliant Multifunctional Wing 

for Harvesting Solar Energy 

 

2.2 Wing Characterization 

To quantify the effects that changes on the wings make 

on the overall performance of the MAV, a testing 

platform was developed.  The platform is placed at the 

end of a wind tunnel and holds the MAV parallel to the 

ground.  A frame was made out of Delrin® that holds 

the bird stationary at the top of the platform. Right 

underneath the frame, a 6 degree of freedom load cell 

combines the frame with the platform.  The forces 

generated by MAV are translated onto the load cell.  

Using NI Signal Express, the signals/voltages from the 

load cell are recorded.  The data is processed using 

Microsoft Excel and forces generated by the MAV are 

found. Figure 2 highlights how the load cell measures 

the forces generated by the wing. 

 

 
Figure 2: Test Set-up used for Wing Characterization 

 

Three sets of data were collected using the testing 

platform.  First, the forces generated by the wing with 

rigid front spar.  Then, a wing with compliant front spar 

was tested to determine the changes in wing 

performance with the new wing design.  Finally, a wing 

with compliant front spar with solar cells was tested to 
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determine the effects solar cells have on wing 

performance.   

 

To quantify the effectiveness of power generation, the 

voltage output from the solar cells was compared for 

wing with rigid front spar with solar cells and wing with 

compliant front spar with solar cells.  For this test, we 

simply ran the MAV on the test stand outside on a sunny 

day with no clouds.  To make sure we were consistent 

with our experiments, we put the test stand in the same 

position every time and tested within the same hour to 

make sure the position of the sun remained as consistent 

as possible. The wings with solar cells on the test stand 

can be seen in Figure 3.   

 

       
 

(a)                                      (b) 

Figure 3a: Wing with Rigid Front Spar on Test Stand. 

Figure 3b: Wing with Compliant Front Spar on Test 

Stand.  

 

3 Experimental Results 
3.1  Forces Generated by the MAV 

The following Figures show the lift forces generated by 

the MAV with an incoming wind.  Figures 4a and 4b 

show the results for a wing with rigid front spar with no 

solar cells attached.   

 

The average aerodynamic lift produced by these wings 

was -7.98 grams. However, the maximum lift force 

generated by these wings was 315 grams.  Figure 4b 

clearly shows how lift is being gained and lost 

throughout the flapping process.  Whatever lift is gained 

during downstroke of the wings is quickly lost during 

the upstroke.  These wings rely solely on the fact that the 

bird takes an angle of attack of 20° to produce 

aerodynamic lift through the thrust force generated by 

the wings.  Figures 4a and 4b show the results for a wing 

with compliant front spar with no solar cells. 

 
(a) 

 
(b) 

 

Figure 4a: Time Dependent Lift Response of Wing with 

Rigid Front Spar. Figure 4b: Position Dependent Lift 

Response of Wing with Rigid Front Spar 

 

The average lift for the wing with compliant front spar 

without solar cells was 49.7 grams.  Thus, they generate 

static lift. In Figures 4a and 5b, the forces generated 

during the downstroke are not cancelled out by the 

upstroke as much.  The ability for the wing with 

compliant front spar to deform during the upstroke 

decreases the opposing force generated by the wing.  

Figures 6a and 6b show the results for a wing with 

compliant front spar with solar cells. 
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(a) 

 
(b) 

 

Figure 5a: Time Dependent Lift Response of Wing with 

Compliant Front Spar without Solar Cells. Figure 5b: 

Position Dependent Lift Response of Wing with 

Compliant Front Spar without Solar Cells 

 

The average lift for the wing with compliant front spar 

with solar cells is 34.5 grams.  As expected, the Wing 

with compliant front spar with solar cells did generate a 

static lift with a smaller magnitude than the wing with 

compliant front spar without solar cells.  The addition of 

solar cells caused a loss of 30% (15.2 grams) in lift force 

generation when compared to the wing with compliant 

front spar without solar cells.  However, the lift force of 

the wing with compliant front spar with solar cells is still 

42.5 grams higher than the wing with rigid front spar 

without solar cells.  

 
(a) 

 
(b) 

 

Figure 6a: Time Dependent Lift Response of Wing with 

Compliant Front Spar with Solar Cells. Figure 5b: 

Position Dependent Lift Response of Wing with 

Compliant Front Spar with Solar Cells 

 

The output in voltage for the wing with compliant front 

spar with solar cells was compared to the output in 

voltage for a wing with rigid front spar with solar cells.  

The results can be seen in Figures 7a and 7b. 

 

 
(a) 
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(b) 

Figure 7a: Output Voltage from Wing with Rigid Front 

Spar with Solar Cells. Figure 7b: Output Voltage from 

Wing with Compliant Front Spar with Solar Cells. 

 

The voltage seen across the wing with compliant front 

spar was much more consistent from start to finish.  For 

the wing with rigid front spar, the solar cells move so 

much in and out of the sunlight that it takes some time 

for the solar cells to reach their operating voltage.   On 

the other hand, since the wing with compliant front spar 

has a curved surface for the solar cells, the solar cells are 

consistently in sunlight and immediately reach the 

operating voltage for the solar cells.   

 

4. Modeling of Multifunctional Performance 

 

MAV performance, which can be quantified through 

time-in-flight, tf, or payload capacity, is affected by three 

main components: the power supplied to the motor, and 

the thrust and lift forces generated by the flapping wings.  

Power, lift, and thrust are affected by: (1) the area of the 

wing, A; (2) the distribution of the stiffness in the wing, 

ϕ, which is a function of both carbon fiber spar 

placement and the solar cell placement, since both affect 

the compliance; and (3) flapping frequency, f, in Hertz.  

These relationships, seen in equation 7, were the starting 

point for the development of the theoretical equation for 

the time-in-flight.  Time-in-flight is a function of power 

supplied to the motor, P, lift, L, and thrust, T.  

P(A, φ, f) 

T(A, φ, f) 

L(A, φ, f) 

 

(1) 

Time-in-flight can also be written as the energy stored in 

the platform, Ustored, divided by the average power 

expended by the platform over time, Pexpended.  The 

energy stored in the MAV platform equipped with solar 

cells is the sum of the energy stored in the batteries, 

Ubattery, and the power provided by the solar cells, Psolarcell 

for the time-in-flight.  Equation (1) then becomes: 

 (2) 

The expended average power is a function of the amount 

of work done by the motor.  This work is affected by 

two coupled factors: the thrust produced by the wings 

and the velocity at which the MAV is flying.  Assuming 

constant velocity, the only variable in power is the 

thrust.  We previously determined that the thrust in these 

wings is proportional to the squared frequency value at 

which the wings are flapped, which are shown in Figure 

8 [4]. 

 

Figure 8: Thrust vs. Frequency for compliant flapping 

wings [4]. 

Based on these findings, the average power expended by 

the platform, defined by equation (3), is equal to the 

thrust produced by the wings at the flapping frequency, 

T, multiplied by the flapping frequency, f, and a 

proportionality constant, k.  The proportionality constant 

must be calculated for each different wing set using 

equation (4), as it changes based on the flapping 

frequency and the corresponding thrust value.  The 

resulting time-in-flight equation is described by equation 

(5). 

� = ��� (3) 

� = ����  (4) 

t f = f (P,L,T)

t f =
U stored

P exp ended

=
Ubattery + Psolarcell t f

P exp ended
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���
  (5) 

where P0=45W corresponds to the power of the 

brushless motor used for our MAV.   

Rearranging equation (5) results in the following: 

�	��� − �����������	 = 
����� (6) 

In order to further reduce the equation, a few 

assumptions must be made.  While thrust is not 

necessarily a constant value throughout a specified flight 

time, it is assumed constant based on the way the value 

was experimentally measured.  The energy stored in the 

battery is based on its overall capacity and the average 

voltage across the pack.  The power provided by the 

solar cells is based on the area of the wing the solar cell 

covers, while the thrust is based on the area of the wing, 

its stiffness distribution, ϕ, and the flapping frequency, f.  

After rearranging equation (6) to solve for tf, the final 

equation for the time-in-flight becomes: 

�	 =

�����

��� − ����������
 (7) 

5 Time-in-flight Predictions 

 

Predictions for time-in-flight can be generated using 

equation (7).  Based on this equation, six quantities must 

be known in order to solve for time-in-flight: the energy 

stored in the batteries, the thrust characteristics based on 

the solar cell area and the cell distribution , the flapping 

frequency of the MAV, the power generated by the solar 

cell based on the area covered, and the proportionality 

constant, k.  The thrust values were measured for two 

wing designs with different spar configurations, 

designated as Wing A and B, at the maximum flapping 

frequency of 6.1 Hz, both with the different solar cell 

configurations and without the solar cells.   

The power ratings for the solar cells were listed in Table 

1.  The energy stored in the battery pack, the largest of 

which contained three 300mAh batteries wired in series, 

was calculated by multiplying the capacity (0.3Ah) by 

the voltage, which was 11.1V (three 3.7V batteries wired 

in series).  The energy stored in the battery pack was 

therefore 12 kJ.  Finally, the flapping frequency for the 

original wing sets at the thrust values comparable to the 

values produced by the solar cell wings had to be 

determined, so the time-in-flight values can be 

compared.  The power consumed by the motor is 

proportional to the thrust at a certain flapping frequency 

multiplied by that flapping frequency, thus the flapping 

frequency at the average maximum thrust value 

produced by the solar cells on each wing type must be 

calculated.  Because thrust is a function of the value of 

flapping frequency squared, the flapping frequency can 

be determined by comparing the second order 

polynomial variations of the original wing thrust and the 

thrust produced by the wing with solar cells.  The 

frequency that occurs at the intersection of the average 

maximum thrust value for the solar cells and the original 

data best-fit line was the flapping frequency.  Figure 9 

shows the plots of thrust versus flapping frequency for 

the Wing A and wing B spar configurations, 

respectively. 

Table 1: Solar Cell Data 

Solar Cell Area (in2) Power 

Rating (W) 

mA Rating 

(mA) 

2x5 3.90 0.07 25 

3x5 5.25 0.06 22 

3x7 4.95 0.09 22 

7x3 8.97 0.18 50 

 

  

(a) 

Original 

With Solar  

Cells 
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(b) 

Figure 9: Thrust versus flapping frequency for (a) Wing 

A and (b) Wing B 

From previous two figures, the flapping frequency for 

each of the wing configurations was determined by 

obtaining the flapping frequency at the intersection of 

the original curve with the dashed line indicating the 

average thrust value for the wing with solar cells.  The 

flapping frequency required to generate 24.6 grams force 

of thrust for wing A was 5.1 Hz, while the flapping 

frequency required to generate 33.5 grams force for wing 

B was 6.0 Hz. Using these values of frequency in the 

equation, time-in-flight was calculated for the original 

wing sets as well as the wing sets with solar cells.  Table 

2 compares data for the thrust, flapping frequency, and 

calculated time-in-flight for the two original wing 

configurations.  Table 3 compares the thrust, flapping 

frequency, and calculated time-in-flight for the wing B 

solar cell configurations with the original wing B 

performance.  Table 4 compares the thrust, flapping 

frequency, and calculated time-in-flight for the wing A 

solar cell configurations with the original wing A 

performance. 

Table 2: Data for six wing configurations 

Wing 

Design 

Thrust  

(g) 

Frequency 

(Hz) 

A 34.9 6.1 

B 35.8 6.1 

 

Since the power supplied to the motor is the same for 

each wing, the proportionality constant for each wing set 

was a different value to obtain that 45 W of power 

supplied.  Thus, the maximum time-in-flight is 13.3 

minutes for the motor and battery pack that is used. The 

lack of variation in time-in-flight between the wing-sets 

was present because other effects, including power loss 

and lift, are not considered.  Also, the significant loss in 

thrust between the different wing designs was not 

accounted for in the proportionality constant calculation, 

so it was not a factor in the overall time-in-flight. 

Table 3: ∆tf for wing A solar cell configurations 

Wing 

Design 

Thrust 

(g) 

Frequency 

(Hz) 

Time-in-

flight 

reduction 

(min) 

2x5 23.4 6.1 9.4 

3x5 25.0 6.1 10.3 

3x7 26.5 6.1 11.0 

7x3 23.5 6.1 9.4 

Original A 24.6 5.1 0 

 

The time-in-flight values presented in Table 3 show that 

while there was little variation between the different 

solar cell configurations, the time-in-flight for the solar 

cell configurations was reduced by 40% when compared 

with the original wing construction flapping with the 

same thrust value.  This significant difference occurred 

because the solar cell output, which was only about 1% 

of the consumption rate, does not recharge the battery 

fast enough to impact time-in-flight.  However, the 

difference in thrust was large enough that it greatly 

reduced the time-in-flight for the solar cells, since the 

thrust was much less for those configurations. 

Table 4: ∆tf for wing B solar cell configurations 

Wing 

Design 

Thrust 

(g) 

Frequency 

(Hz) 

Time-in-

flight 

reduction 

(min) 

2x5 32.4 6.1 0.3 

3x5 32.0 6.1 0.2 

Original 

With Solar 

Cells 
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3x7 33.7 6.1 0.9 

7x3 35.9 6.1 1.7 

Original B 33.5 6.0 0 

 

The time-in-flight values for Table 4 show that there was 

again very little difference between the four solar cell 

configurations; however, when compared with the 

original wing configuration, there was only a 5% loss in 

time-in-flight for a wing producing a similar thrust 

value.  Like the wing A configurations, the solar cell 

output was only 1% of the power consumption rate of 

the motor.  Unlike the wing A configurations, however, 

the solar cell configurations for wing B produces thrust 

values that were only slightly smaller than the original 

wing design; thus, the time-in-flight values were only 

slightly smaller. 

Table 5 compares the results for time-in-flight between 

the solar cell configurations with the original values for 

wings A and B accounting for the energy harvesting 

ability and the power consumption due to the thrust 

forces in Tables 3 and 4.  From this comparison, it can 

be seen that the solar cell configurations for both sets of 

wings produced similar time-in-flight values.  While the 

original wing A design produced a significantly higher 

time-in-flight value than its solar cell configurations, the 

original wing B design produced only a slightly higher 

value than its solar cell configurations.  This indicates 

that it may be preferable to implement solar cells should 

with the wing B design, as the change in thrust was not 

as detrimental to flight time. 

Table 5: Comparison solar cell effects on tf for wings A 

and B 

Wing Design A (min) B (min) 

Original 7.8 4.7 

2x5 4.7 4.6 

3x5 4.4 4.7 

3x7 4.1 4.4 

7x3 4.7 4.2 

 

 

6 Conclusions 

To combat limitations in flight duration for MAVs, new 

technologies in energy harvesting have been integrated 

to existing structures of the MAV.  More specifically, 

flexible solar cells were integrated to the wings of an 

MAV.  The existing wing structure had to be redesigned 

to achieve more static lift during the flapping cycle. This 

lead to the development of a wing with compliant front 

spar that generates more lift during the downstroke of 

the flapping cycle than the upstroke of the flapping 

cycle.  These wings generated an increase of 49.7 grams 

of static lift.  As expected, the addition of solar cells 

reduced the lift generated by the new wing with 

compliant front spar.  The wing with compliant front 

spar with integrated solar cells produced 34.5 grams of 

lift; however, this is still 42.5 grams more lift than the 

wing with rigid front spar produced.  These wings still 

produced more lift, and the energy harvesting 

capabilities of these wings is a drastic improvement in 

terms of overall performance of the MAV.  The wing 

with compliant front spar with solar cells also harvested 

energy more efficiently than the wing with rigid front 

spar with solar cells.  A new model for time-in-flight 

predictions was derived from the power of the overall 

system and forces generated by the MAV.  Using two 

different wing designs and four different solar cells, the 

time-in-flight was predicted for each combination of 

wing and solar cell using data collected.   
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Abstract 

Through thickness fracture behaviour of 
unidirectional (UD) glass fibre epoxy and neat 
epoxy under various in-plane loading is studied. A 
model is proposed to characterize the toughness of 
UD composite based only on the constituents and 
interfacial properties. Loading from pure mode I, 
pure mode II, and different mixed mode I/II ratios 
were applied to the specimen using a compact 
tension shear (CTS) fixture.  
 

1 Introduction  

Materials are properly chosen for engineering 
applications based on their mechanical or physical 
properties, including mass, strength, stiffness, and 
toughness. The ability to exploit the lightweight 
potential of fibre-reinforced polymer composites is 
dependent, in many applications, on the ability to 
predict their fracture behaviour. Furthermore, high-
volume manufacturing processes (e.g. those suitable 
for automotive applications) based on compression 
molding techniques typically result in planar random 
arrays of discontinuous fibres. Thus, an advancing 
through-thickness crack will meet transverse fibres 
at a range of angles between 0˚and 90̊. In this 
research, the propagation of a through-thickness 
crack in a UD composite was studied as a function 
of loading angle with respect to the macroscopic 
initial crack direction using the CTS test geometry in 
order to assess the associated crack propagation 
energy. 

 

2 Background 

In the study of composite fracture, it is necessary to 
discern between interlaminar fracture and through-
thickness fracture, because an advancing crack will 
see a different arrangement of fibres in each case. 
Interlaminar fracture can be characterized by test 
methods like Double Cantilever Beam (DCB) and 

the End Notched Flexure (ENF) for mode I and II, 
respectively [1] and [2]. For mixed mode fracture 
properties, beam type specimens are used most often 
[3].  
The specimen geometries used for interlaminar 
fracture studies are often not appropriate for 
through-thickness measurements because the fibres 
in the specimens are generally oriented in the plane 
of the sheet. 
The CTS sample has the advantage that the width of 
the crack is oriented in the thickness direction of the 
composite panel. This test method also has the 
advantage that a single specimen geometry can be 
used to study all modes of loading. 
The CTS specimen was introduced in the literature 
to study mixed mode loading on homogenous 
materials like aluminum [4]. The specimen was later 
developed to be used to study interlaminar fracture 
behaviour of composite materials [5]. 
 

3 Failure Model 

An energy based failure model is proposed here. The 
model predicts the value of critical strain energy 
release rate (CSERR) of a UD polymer composite 
based on the fracture properties of its constituents. 
The properties required to find CSERR of the 
composite include resin mode I and mode II CSERR, 
and fibre/matrix interfacial CSERR.  
To begin, we consider a UD composite in which the 
fibre orientation is parallel to the notch direction of 
the CTS specimen geometry shown in Fig.1. The 
specimen is subjected to a far field stress, σ, applied 
at an angle, α, to the specimen axis. This applied 
stress, σ, can be resolved into the normal and shear 
components, σy, and τxy, as shown in Fig.1. For the 
geometry of Fig.1: σ� = σcosα (1) τ	� = σsinα (2) 
The mode I and mode II stress intensity factors, KI 
and KII at the tip of the crack can be expressed as: � = ����√�� (3) 
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 K�� = Y�τ	�√πa (4) 

where, Y1 and Y2 are dimensionless geometry 
components that depend on crack length, a, and 
width of the specimen, w. The values of �	and	� 
for CTS specimen are found using the following 
relations [6] and [7]: � = �√����  !"#1 − ��& 0.26 + 2.65 - �� − �.1 + 0.55 - �� − �. − 0.08 - �� − �.� 

(5)		 � = �√���� . "23#1 − ��& −0.23 + 1.4 - �� − �.1 − 0.67 - �� − �. + 2.08 - �� − �.�			 
(6) 

where P, is the critical (maximum) load 
corresponding to the crack opening, t is the 
specimen thickness and a is the crack length. 
Using Equations 1 and 2, the stress intensity factors 
can be restated as: � = ��	�	cos#	√�� (7) � = ��	�	sin#	√�� (8) 
Defining the effective value of stress intensity factor 
as: �788. = 9�� + �� 

(9) 

 
The CSERR can then be expressed as a function of α 
(assuming plane strain): :; = �788� 1 − <�= = (�� + ��)(1 − <�)=  

(10) 

 
Substituting Equations 7 and 8 into Equation 10 
gives: :;= cos� # 	���	σ� ��(1 − <�)=+ sin� #	 ���	σ� ��(1 − <�)=  

(11) 

or :; = cos� # K�>� (1 − v�)E+ sin� #�;� (1 − <�)=  

(12) 

since [8]: :; = K�>� (1 − v�)E  
(13) 

:; = K��>� (1 − v�)E  
(14) 

Therefore, Equation 12 can be written as: :; = cos� #	:; + sin� #	:; (15) 

Equation 15 states that the CSERR for any material 
in which the crack propagates parallel to the original 
notch, can be determined with the knowledge of the 
values of mode I and mode II CSERR. Equation 15 
results in the prediction of toughness as a function of 
a loading angle with the general form shown in Fig. 
2. 
Equations 13 and 14 can be used for an isotropic 
material like epoxy. When the material is anisotropic, 
the relations that are used to find the value of the 
toughness should consider other elastic parameters 
of the material, [9] and [10]. Therefore, the relation 
between CSERR and fracture toughness can be 
written as: 
 : = 

��AB�̅�B�̅�2 	DAEB�̅�B�̅�F + 2B�̅� + BG̅G2B�̅� 	H
��
 

(16) 

 

: = �� B�̅�√2 	DAEB�̅�B�̅�F + 2B�̅� + BG̅G2B�̅� 	H
��
 (17) 

 
where BI̅J  are elements of transformed compliance 
tensor, [B̅], which is defined as: 
 [B̅] = [MN]O�[B][M] (18) 
 
and  [MN]O�
= P  !"� Q "23� Q − !"Q. "23Q"23� Q  !"� Q  !"Q. "23Q2 !"Q. "23Q −2 !"Q. "23Q  !"� Q − "23� QR 

(19) 
The angle θ (Fig. 5)  is the fibre angle which is equal 
to 90° for a UD composite in which the fibre 
orientation is parallel to the notch direction of the 
CTS specimen, and matrix S is the compliance 
tensor of the composite [11]. 

Determining Toughness 

It now remains to determine the critical values of : 
and : . Since the goal is to be able to develop a 
predictive model based only on the properties of the 
constituents, it is useful to recognize that mode I and 
mode II toughness are the summation of the 
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toughness of each of the constituents represented on 
the fracture surface. i.e.:  :; = :;,I TITU + :;,V TVTU + :;,8 T8T� 
 

(20) 

:; = :;,I TITU + :;,V TVTU + :;,8 T8T� (21) 

 
where the subscripts i, m, f, indicate the interface, 
matrix, and fibre respectively. TV, TI , T8 , and	TU 	 
are the matrix, interface, fibre and total area of the 
fracture surface respectively (Fig. 3). 
The values of Am, Ai, At can be estimated from the 
fibre volume fraction of the composite. For example, 
we have the following relation for square array 
(Fig.3) and hexagonal array of fibres inside the 
matrix respectively [11]: 

W = 2X DA �4Y − 1H	 
(22) W = 2X DE �2Y√3F

�� − 1H	 
 
where r is the fibre radius, m is the spacing between 
fibres, and f is the fibre volume fraction as shown in 
the square arrayed fibres in Fig. 3.  
The values of interface and matrix area for each unit 
cell at the fracture surface can be found as: TI = �. X. Z 

(23) TV = W. Z TU = (W + 2X)Z 
where l is the length of the fracture surface as shown 
in Fig.3. It is important to recognize that because of 
the curvature of the interfacial area, the sum of TI, 
and TV, will be greater than the total projected area, TU. 
For the materials studied here, the crack is known to 
propagate along the fibres, and thus the projected 
area of fibre on the fracture surface, T8, will be zero. 
Therefore, Equations 14 and 15 simplify to: :; = :;,I TITU + :;,V TVTU  

(24) 

:; = :;,I TITU + :;,V TVTU  
(25) 

 
The theory presented in the preceding sections 
suggests that it should be possible to predict the 
CSERR of a UD composite loaded at any angle with 
respect to the notch, based on knowledge of the 
toughness of the matrix, the fibre, and the interface 

between them. It now remains to measure these 
values.  
 

4 Experimental Method 

4.1 Materials and Manufacturing 

For this study, UD E-glass and epoxy material 
(CLR1180/CLH6560 manufactured by Crosslink 
Tech. Inc.) were utilized.  
Composite panels were manufactured by the hand 
lay-up of 12 layers of UD glass fibre to give the 
required thickness for the test. The resin is then 
cured at 60˚C for 4 hours under a hydraulic hot press. 
The pressure can be altered to give different 
thicknesses and fibre volume fraction for the 
composite. In order to keep the value of volume 
fraction in the sample consistent, the pressure is 
fixed at 25psi on the UD layers.  
The neat epoxy sample in this study is made using 
the same epoxy as UD composite with a similar 
mixing procedure (here 100 units of resin with 30 
units of Hardener). The mixed resin is then poured 
into trays that were lined by vacuum bags to avoid 
resin adhering to the trays. The trays were leveled to 
give even value of thickness in the resin sheet and 
then cured at room temperature for 48 hours. 
Both neat epoxy and UD composite were then cut to 
the required dimension using a milling machine. 

4.2 Richards Test 

In this study we investigate the mixed mode 
response of the unreinforced epoxy as well as the 
mixed mode response of UD composite using the 
CTS test. The CTS test setting and CTS specimen 
geometry are shown in Fig. 4 and Fig. 5. The load is 
applied to the CTS specimen using a fixture made of 
steel. The steel fixture has lower and upper grips 
which were fixed at grips of the testing machine and 
then the specimen is fixed to the grips using 6 steel 
bolts. By adjusting the pin location on the fixture, 
different angles between α = 0˚	 (mode I) and α = 90˚ (mode II) were generated in the specimen. 
Angles between 0˚ and 90˚ correspond to mixed 
mode loading (Fig. 4).  
The CTS specimen has a notch size equal to half of 
its width (the crack length is suggested to be 
between 0.45w and 0.7w [4]). As shown in Fig. 5, 
the CTS Specimen has a pre-crack of approximately 
0.5mm long cut into the artificial crack tip using a 
razor blade.  
The testing is performed using an Instron 
servohydraulic loadframe (Instron 8804). The load is 
measured by 250kN or 5kN load cell depending on 

ICCM19 6455



the range of the load required for the test. The 
displacement rate is 2mm/min and the test is 
performed at room temperature. 
The maximum load at which the crack opens up is 
measured and used for the calculation of the mode I, 
K Ic, and mode II, KIIc, the fracture toughness of the 
composite. 
After fracture testing, the fracture surface is 
carefully cut at a low rate and stored away from 
humidity to reduce post-failure damage [12]. The 
surface is then studied using scanning electron 
microscopy to observe the constituents on the 
fracture surface. The fibre volume fractions of the 
samples were then measured by a burn-off test at 
560˚C for 1 hour according to ASTM D2584. The 
fibre volume fraction of the UD samples is between 
40% and 50% [13].  

4.3 Notch Sensitivity 

To assess the influence of the notch geometry on the 
fracture response of material, an additional study 
was performed with different shaped notches. A 
series of tests on UD composites were carried out 
that had a U-notch (2.5mm radius), a 45˚ V-notch, 
and a V-notch with a slit made by a razor blade. 

The study of the notch shape on neat epoxy showed 
that the fracture behaviour of the epoxy is affected 
by the shape of the notch, while the effect of the 
notch shape in a UD composite was not observed to 
be significant on the fracture load. As the crack 
opening in a UD composite occurs due to interfacial 
failure, the bonding between the fibre and matrix is 
the critical parameter, and not the shape of the notch. 
Therefore, a V-shape notch could be used for all 
composite specimens.  

4.4 Specimen Gripping Bolt Hole Failure 

For some combinations of fibre orientation and 
loading angle, it was found that the specimens would 
fracture at the bolt holes, rather than at the notch tip 
as shown in Fig. 6. These failures were attributed to 
the weakness of the UD composite in the transverse 
direction, combined with the stress concentration at 
the bolt holes. This problem was addressed by 
adding a satin scrim layer to the outer surfaces of the 
specimens during the manufacturing process, and by 
incorporating 180 grit sandpaper between the steel 
fixture and the specimen.  

4.5 Data Analysis 

Mode I and mode II fracture toughness, KIc and KIIc, 
of the composite is calculated using the maximum 
load, P, at which the crack opens up during the CTS 
test. Fracture toughness values are calculated using 
Equations 5 and 6. 
The values of KIc and KIIc were then used to find 
mode I and mode II CSERR, using Equations 16 and 
17 for the composite. 
In order to use Equations 24 and 25, the mode I and 
II CSERR for the interface and resin can be found 
from mode I and II testing of transverse composite 
and neat epoxy respectively. 
 
5 Results and Discussion 

5.1 Neat Epoxy 

Epoxy specimens were tested to find the values of 
mode I, mode II and mixed mode CSERR. CTS 
specimens were used for finding mode I CSERR. 
The values measured for epoxy were different from 
those found in literature, therefore, thicker samples 
were made and tested using a single notch edge 
beam test according to ASTM 5045 [14].  

5.1.1 Effect of Specimen Thickness 

Critical value for fracture toughness is found when 
the material is in the plane strain condition. 
Therefore, a larger thickness is required to reach the 
plane strain state in a material. Thicker samples have 
a smaller region experiencing plastic deformation 
resulting in a smaller value of toughness compared 
to thinner samples [8]. Therefore, the effect of 
thickness was studied on the value of fracture 
toughness of epoxy samples. The results are shown 
in Fig.7a. The figure shows that a minimum 
thickness of 11mm is required to ensure a state of 
plane strain to measure the correct value for mode I 
fracture toughness.  
The value measured for mode I fracture toughness 

and mode I CSERR are 3.07	]��√W  and 3.2 ̂
_V` 

respectively. 
Mode II fracture toughness and CSERR using CTS 
samples were measured as �; = 4.89]��√W	�3a	:; = 7.05	�b/W�. 
The mixed mode experiments on the epoxy 
specimens showed that Pmax increased as the loading 
angle increased (Fig. 7b). 
Specimens fracture under mode I at the notch tip, as 
the crack propagates in a 0˚ direction (parallel to the 
notch direction). The propagation angle varies from 
0˚ to 75˚ for mixed mode ratios between mode I and 
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mode II. For some of mode II samples macro 
hackles were observed. Multiple macro hackles were 
observed in the broken samples, starting from a few 
millimeters away from the tip of the crack as shown 
in Fig. 8. 
Effective values of fracture toughness, �788 , and 
CSERR, :; ,  vs. the loading angle for epoxy are 
shown in Fig. 7c and 7d. 
Fig. 7d also shows how well the failure model 
(Equation 15) can predict the fracture behaviour 
under a mixed mode of loading. 
 

5.2 UD Composite 

We cannot measure interfacial toughness directly 
but we can measure :	�3a	: of the composite in 
order to infer the values of interfacial toughness. 
The value measured for mode I fracture toughness 

and mode I CSERR are 3.7	]��√W  and 1.02 ^_V` 
respectively. 
Mode II fracture toughness and CSERR using CTS 
samples were measured, which give�; =4.9]��√W	�3a	:; = 4.62	�b/W�. 
The values of fracture toughness match with the 
literature [15]. The values of mechanical properties 
of the UD composite used in the calculations are 
given in Table 1. 
Fracture behaviour of a composite over the entire 
range of loading angles, showed that the crack in the 
sample initiated at the notch tip and then propagated 
along the fibre/matrix interface. Thus, for loading 
angles other than 0˚ and 90˚, the cracks propagate 
under mixed mode loading conditions. When the 
load is applied to the composite, a white image on 
the path of crack is observed before the load reaches 
maximum. This white image represents the existence 
of tiny micro-cracks at the fibre matrix interface due 
to the load. At maximum load, Pmax, these micro-
cracks come together and make a visible crack at the 
tip of the notch in the fibre direction. The process of 
crack propagation is faster for thicker samples than 
thinner ones. 
The displacement at the peak load decreases from 
90˚ loading angle to 0˚ loading angle. The drop in 
failure displacement results in a lower value of 
energy absorption and toughness in a UD composite 
with smaller loading angles. Therefore, the values of 

CSERR rise from 1.02 ^_V` for mode I to 4.62 ^_V` for 

mode II as shown in Fig. 9. 
Fracture surfaces of broken samples were 
characterized using Scanning Electron Microscopy 
(SEM). On the facture surface, interfacial debonding, 

fibre pull out and matrix plastic fracture were 
observed (Fig. 10). Due to the hinge effect at the tip 
of the crack and rotation of crack mouth during the 
test at angles close to 0° some fibres are pulled out 
or were broken (Fig. 11) 
 

5.3 Interfacial Toughness 

After measuring the values of :; = 1.02db/W� , efeg = 1.16, eheg = 0.26  and :;,V = 3.2db/]� if 

Equation 24 is used to find the interfacial CSERR, it 
gives a negative value for GIc,i which is meaningless. 
Therefore, Equation 24 should be modified.  
For modifying Equation 24 we know that the energy 
released under mode I in the composite is the 
summation of energy released in the matrix and 
interface. The major part of the energy dissipated in 
the matrix during crack propagation is due to plastic 
deformation at the tip of the crack. The plastic 
region has a plastic radius which is calculated using 
[8]: Xi = 13� E ���.iF�

 (26) 

which gives a radius of 434mm for epoxy. As the 
matrix is reinforced by the fibre, the size of the 
plastic zone is limited to the fibre spacing. For 
FVF=0.43, the fibre spacing is 5.3micron comparing 
to 434micron calculated from Equation 26. 
Therefore, the contribution of the matrix plastic 
deformation to the value of CSERR will be much 
smaller, and Equation 24 should be modified to: :; = :;,I TITU + j. :;,V TVTU  (27) 

 
where h is a reinforcement reduction factor. This 

value is 0.012 which gives :;,I to be 989 
_V` which 

agree with [16]. 
 

5.4 The Failure Model (Prediction of G) 

Mode I, mode II and mixed mode loading was 
applied to transverse UD composites. 
The results for the failure model using Equation 8 
and experimental results of 90˚ UD composite under 
different modes of loading (different α) are 
compared in Fig. 12. 
In comparison with experimental results for off-axis 
loading as can be seen in Fig. 12, the model can 
predict the value of energy release rate in a 
composite quite well. The discrepancy of 
experimental results, especially for high percentages 
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of mode II, can be due to variability in experimental 
materials such as differences in fibre orientation and 
fibre volume fraction during the hand lay up of 
composites. The continuous polymer threads that 
keep the UD fibres together could also affect the 
value of fracture work (Fig. 13). Another important 
aspect that can affect the fracture work could be 
fibre pull out and fibre friction during mode II of 
loading. 
Based on the observations, this research paper 
reports the following items: 

• K and G are reported for neat epoxy as a 
function of a loading angle. 

• Keff and Geff are also reported as a function of 
a loading angle. 

A model is proposed to characterize the toughness of 
UD composite based only on the constituents and 
interfacial properties. 
 
Conclusions 

• The model has been shown to work well for 
UD composites, where the notch is parallel 
to the fibre direction 

• This work will be extended to consider the 
case of other fibre orientations with the goal 
to eventually predict the toughness of 
random fibre orientations 

Future Work 

Based on the approach discussed to predict the 
fracture properties of UD composites, similar 
methods can be used for the prediction of fracture 
properties of random fibre composites. The crack in 
random composites meets fibres in different 
directions. The hypothesis is if there are more fibres 
aligned in a certain direction, the crack advances in 
that direction, and after a few millimeters of 
propagation if the fibres are aligned in the other 
direction the direction is changed. For a random 
composite the crack path is expected to behave like 
isotropic material with a zigzag pattern in the 
fracture surface including fibre pull out, fibre matrix 
and interface fracture. 
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Fig. 1. General state of stress at the elements shown 
in the CTS sample for a mixed mode I and II and 
crack propagation along the interface under mixed 
mode loading. 
 
 

 
Fig. 2. The mixed mode toughness pattern predicted 
for different modes of loading. 
 

 
Fig. 3. Schematic fracture surface morphology and 
corresponding values of the matrix and interface 
fracture area. 
 

 
Fig. 4. CTS fixture. Left) mode I. Right) mode II. 

 

  
Fig. 5. CTS sample, fibre angle denoted by θ (left). 

Neat epoxy specimen (right) 
 

 

 

 
Fig. 6. Examples of bolt hole failure in 90 ˚and 75˚ 
UD composite specimen under mode II loading. No 

notch opening is observed at the sample and the 
results are not good for the calculation of fracture 

properties. 
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a 

 
b 

  
c 

 
d 

Fig. 7 a) thickness effect on mode I fracture 
toughness  

 
 

b) epoxy load-displacement, sample thicknesses 
between 3 and 4mm.  

c) effective fracture toughness vs. loading angle  
d) toughness vs. loading angle.  

 

 
 

 
Fig. 8. Macro hackles in some of neat epoxy 

specimen under mode II loading, sample with macro 
hackle (top) sample without macro hackling 

(bottom). 
 

 
Fig. 9. UD composite toughness vs. loading angle 
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Fig.10. SEM image of the fracture surface
A. Fibre matrix debonding B. Hackeling C. Fibre 

pull out  D. Matrix stretching and ductile fracture 
void. *debris is left from the SEM sample cutting
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SEM image of the fracture surface 

A. Fibre matrix debonding B. Hackeling C. Fibre 
and ductile fracture E. 

void. *debris is left from the SEM sample cutting 

 

Fig. 11. Hinging effect and rotation at the crack 
mouth tip. 
 

Fig. 12. Comparison of the model prediction and the 
experiment for 90̊ UD composite under different 
modes of loading. 
 

Fig. 13. Periodic threads keeping UD fibres 
together makes changes in the value of fracture 
work of the UD composite.
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Hinging effect and rotation at the crack 

 
Comparison of the model prediction and the 

˚ UD composite under different 

 
. Periodic threads keeping UD fibres 

together makes changes in the value of fracture 
work of the UD composite. 
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Epoxy(CLR1180/CLH6560 Crosslink) 
Mechanical Properties Unit 

E 2.9 GPa 
σy.p. 30.8 MPa 
υ12 0.38 [15] - 

UD glass fibre epoxy 
Mechanical Properties Unit 
E1 34.04 GPa 
E2 5.032 GPa 
E3 5.032 GPa 
υ21 0.046* - 
υ31 0.046* - 
υ32 0.35* - 
Table 1: Mechanical properties of epoxy and UD 
composite used in calculations. 
*values are calculated as described in [11]. 
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1 Introduction  

In past years a trend in Modal Acoustic Emission 

(MAE) and guided wave ultrasonic inspection has 

arisen in which researchers have used numeric 

techniques to guide the analysis of experimental 

NDE measurements.  The finite element (FE) 

method has been successfully applied to the 

simulation of transient stress waves, facilitating the 

identification of deformation mechanisms occurring 

within fiber reinforced composites [1, 2].  

Additionally, Sause has used simulation to 

investigate the effects of holes, rivets, and 

interlaminar delaminations on the propagation and 

scattering characteristics of the fundamental Lamb 

modes occurring within unidirectional carbon fiber 

composites (CFC) [3].   

To extend the utility of numeric techniques for 

investigating large composite structures (e.g. using 

simulation to perform probability of detection 

studies) the effect of wave attenuation in the far-

field must be considered.  Castaings et al. have 

successfully modeled material attenuation in the 

near-field for the 0° direction.  Their 2-dimensional 

work assumed a plane strain formalism, using 

complex plate constants coupled with frequency 

domain harmonic analyses and an inverse Fast 

Fourier Transform (iFFT) [4].  However, the 

applicability of such an approach in capturing the 

anisotropic attenuation material behavior in a fully 

3-dimensional analysis is unknown at present, as is 

the utility when considering broadband sources (e.g., 

acoustic emissions).  Experimentally, the attenuation 

characteristics of the fundamental antisymmetric (A0, 

or flexure) mode of polymer matrix composite 

(PMC) plates has been investigated [5, 6], yet the 

frequency dependent nature of attenuation was 

neglected.  A recent study has alluded to this [6], 

with results forthcoming.   

In light of the preceding discussion, the aim of this 

study was two-fold: to measure the frequency 

dependent far-field attenuation coefficient of the A0 

mode of a unidirectional CFC in both the 0° and 90° 

directions, and secondly, to develop a method of 

tuning a finite element model to match the frequency 

specific far-field attenuation coefficient of the A0 

mode in both principal directions.  

2 Methods 

2.1 Experimental 

A unidirectional ([0]8) CFC (T300 fibers/epoxy 

matrix, approximate volume fraction of fibers = 

60%) plate of dimensions 1800 mm (0° direction) x 

600 mm (90° direction) x 1.14 mm thick was used in 

the present study.  The lateral dimensions of the 

plate facilitated waveforms free of initial edge 

reflections.  Out-of-plane surface displacements 

were measured by use of a wideband sensor with 

displacement-type response, the design and 

characteristics of which are described in [7].  

Sensors were spring mounted to the plate surface via 

custom fixtures, with the coupling between the plate 

and the piezoelectric element of the transducer 

enhanced by the use of vacuum grease.  By spring 

mounting the sensors, consistent coupling was 

achieved for different propagation distances. Of 

paramount importance to this study, the sensor had a 

reasonably flat-with-frequency response at 

frequencies down to approximately 40 kHz.  

A pencil lead break (PLB) of 0.3 mm 2H lead on the 

top surface of the plate was used as a broadband 

point excitation source.  Waveforms having 4096 

points were recorded using a digital oscilloscope at a 

sampling rate of 10 MHz.  The oscilloscope used in 

the study had 14 bit vertical resolution.  A resonant 

sensor placed 25 mm away in the 0° direction from 

the PLB location was used as a triggering sensor.  
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Three waveforms at each location were recorded in 

increments of 25 mm over distances of 100 mm – 

500 mm (0° direction), and 100 mm – 300 mm (90° 

direction). 

2.2 Numerical 

To simulate the transient stress wave propagation 

within the unidirectional CFC, a computationally 

efficient finite element (FE) model was developed, 

as shown in Fig. 1, and solved using the multi-

physics software package Abaqus/Explicit.  

 

Fig. 1 The FE model with dimensions and features. 

The governing partial differential equation for the 

finite element framework (formulated from the 

virtual work done by an arbitrary virtual velocity 

field, δv) is stated as 

∫          ∫          ∫        
  

 
 

, (1) 

where t is the surface traction vector, f is the body 

force vector, σ is the true stress vector, and δD is the 

virtual strain rate [8].   

Forward advancement of the finite element model in 

time was calculated in an explicit manner.  Thus, the 

time step used for the analyses conformed to the 

standard time step limitation (i.e., the time step of an 

increment must be smaller than the period of time 

taken for a dilatational wave to traverse the shortest 

length of an element).  As will be elaborated upon in 

Section 3.2, when more damping was incorporated 

into the analyses the allowable time step had to be 

reduced in order for the analyses to remain stable.  

The use of a lumped mass matrix formulation in 

conjunction with the explicit central difference 

operator used in Abaqus/Explicit resulted in a 

computationally efficient means of studying the 

transient dynamic stress wave propagation within 

the CFC plate. 

From symmetry considerations, a one-quarter 

volume model was utilized to reduce computational 

expense.  The model consisted of first order reduced 

integration hexahedral elements, which had an 

element size of 500 µm x 500 µm in-plane x 190.5 

µm through the thickness; this element size was 

adequate for investigation of the frequencies of 

interest in this study.   

Table 1 Material properties used for FE simulations. 

Property Value 

C11 [GPa] 122.5 

C22 = C33 [GPa] 8.7 

C12 = C13 [GPa] 4.1 

C23 [GPa] 4.9 

C44 [GPa] 1.9 

C55 = C66 [GPa] 3.5 

ρ [kg/m
3
] 1560 

 

A linear elastic anisotropic constitutive model was 

used for the simulations. The material was modeled 

as a transversely isotropic elastic solid with material 

constants (Cij) and density (ρ) as defined in Table 1.  

Measured material properties (moduli: E11 and E22, 

and Poisson’s ratios: ν12 and ν21) obtained from 

tensile tests performed on specimens in a 0° and 90° 

orientation with bonded rosettes were found to be in 

good agreement with the values reported in Table 1.  

PLBs were simulated by the application of a 

concentrated load being applied in the out-of-plane 

direction.  The total force release was 1N, while the 

temporal shape of the source rise function was a 

cosine bell with a rise time of 1 µs.  Out-of-plane 

displacements were recorded at nodal locations at 

the distances described in Section 2.1, and were used 

for direct comparison to the experimental 

waveforms. 

In order to tune the finite element model to match 

the experimentally measured attenuation coefficient, 

Rayleigh damping was employed.  Rayleigh 

damping introduces damping, [C] into the model by 

using contributions from both the mass [M] and 

stiffness [K] matrices of an element, i.e. 
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[ ]    [ ]    [ ], (2) 

where α and β are the mass and stiffness 

proportional Rayleigh constants, respectively [8]. 

2.3 Attenuation and signal processing 

The far-field attenuation process is well described by 

an exponential decay  

       (    ), (3) 

where A is the amplitude, A0 is a material and source 

specific constant, r is the propagation distance, and 

Tθ is the attenuation coefficient in the θ direction.  In 

light of the broadband sensor’s characteristics 

described in Section 2.1, all waveforms 

(experimental and numeric) were post-processed 

with a fourth order Butterworth filter having a pass 

band between 40 kHz and 1500 kHz.  Such post-

processing facilitated comparison between 

experimental sensor output voltage and numerically 

calculated displacement signals.   

Subsequently, the Choi-Williams distributions 

(CWD) of all filtered waveforms were then 

calculated with fixed scaling parameters, over a 

frequency range of 0 kHz to 300 kHz using 112 

terms in the damping summation, an exponential 

damping parameter equal to 20, and a frequency step 

of 1.2 kHz. Hamstad provides an excellent 

discussion of the advantages of the Choi-Williams 

distribution over continuous wavelets in [9]. The 

maximum amplitude of the CWD coefficient of the 

initial arrival portion of the A0 mode at frequencies 

of interest were extracted from the CWD, and 

converted to the Nepers scale. The amplitude (L) on 

the Nepers scale of a CWD coefficient value (v) 

relative to a reference value (vref) is defined as 

      
 

 

    
. (4) 

Experimental and numerical attenuation coefficients 

were determined by using least squares regression of 

the amplitude (in Nepers) plotted against 

propagation distance.  In this work, frequencies 

between 50 kHz and 100 kHz were considered due 

to the fact that every waveform showed strong 

contributions at these frequencies for all 

combinations of propagation distance and direction. 

3. Results and Discussion 

3.1 Experimental  

Phase and group velocity dispersion curves for the 

unidirectional CFC plate with a thickness of 1.14 

mm are shown in Fig. 2.  Due to the significantly 

greater stiffness in the 0° direction, both the 

fundamental symmetric (S0) and antisymmetric 

modes show greater wave speeds for the 0° 

propagation direction in comparison to the 90° 

propagation direction. 

The temporal waveform and corresponding CWD of 

a signal, excited from a surface PLB, acquired at a 

propagation distance of 200 mm in the 0° direction 

are shown in Fig. 3.  From Fig. 3 it was observed 

that the out-of-plane surface PLB excited 

predominantly the A0 mode; minimal contributions 

from the fundamental S0 mode were observed in the 

temporal waveform first showing up at 

approximately 60 µs.  Fig. 4 provides the analogous 

plot to Fig. 3 for the 90° propagation direction.   

 

 

Fig. 2 Phase (top) and group (bottom) velocity dispersion 

curves for the fundamental modes of the unidirectional 

([0]8) CFC plate for the 0° and 90° propagation directions. 
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Fig. 3 Temporal waveform (top) and CWD (bottom) of an 

experimental signal acquired at a propagation distance of 

200 mm in 0° direction. 

 
Fig. 4 Temporal waveform (top) and CWD (bottom) of an 

experimental signal acquired at a propagation distance of 

200 mm in 90° direction. 

In accordance with the procedure described in 

Section 2.1, three waveforms at each propagation 

distance were recorded, their respective CWD’s 

calculated, and the peak intensity value of the initial 

arrival at a frequency of interest was extracted.  As a 

representative example, Fig. 5 presents results for 

the 0° propagation direction at a frequency of 75 

kHz.  From the linear least squares regression the 

experimental far-field attenuation coefficient (T0) 

was found to be (18.1 ± 1.4) Np/m (values reported 

mean ± 95 % confidence interval). 

 

Fig. 5 Measured attenuation coefficient (with the 95% 

confidence interval) for the 0° propagation direction at a 

frequency of 75 kHz. 

 

Fig. 6 Measured attenuation coefficient (with the 95% 

confidence interval) for the 90° propagation direction at a 

frequency of 75 kHz. 

Illustrative results for the attenuation coefficient at a 

frequency of 75 kHz for the 90° propagation 

direction are shown in Fig. 6.  For the 90° 

propagation direction, T90 was found to be (32.2 ± 

2.9) Np/m.  In comparing the attenuation behavior in 

the 0° and the 90° direction at 75 kHz, it is clear that 

attenuation was found to be substantially greater in 

the 90° direction than in the 0° direction.  Such 

observations are in agreement with most of those of 

[6], although in that work the frequency specific 

nature of attenuation was not considered, and 

resonant transducers were used. 

Results for the mean attenuation coefficient and 95 

% confidence interval for both propagation 
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directions (T0 and T90) at frequencies of 50 kHz, 75 

kHz, 85 kHz, and 100 kHz are summarized in Table 

2.  It was observed that in both principal propagation 

directions that the attenuation coefficients increased 

with increasing frequency.  Moreover, the 

attenuation coefficient in the 90° direction was 

approximately a factor of two greater than that in the 

0° direction for the frequencies considered in this 

work, and it increased more rapidly with frequency 

increases as compared to 0° results. 

Table 2 Summary of the experimentally measured 

frequency specific far-field attenuation coefficients of the 

A0 mode for unidirectional CFC plate. 

Frequency [kHz] T0 [Np/m] T90 [Np/m] 

50 15.2 ± 1.6 23.2 ± 3.3 

75 18.1 ± 1.4 32.2 ± 2.9 

85 19.4 ± 1.1 37.6 ± 2.6 

100 19.5 ± 1.3 44.2 ± 3.2 

3.2 Numerical 

As a means of providing insight into how the 

anisotropic quasi-Lamb waves propagate within the 

unidirectional CFC plate, a progression of the out-

of-plane (uy) displacement field for a model 

simulating a surface PLB with no material damping 

is shown in Fig. 7, with all pertinent wave modes 

identified.  Note that the coloring scale has been 

augmented as to reveal the structure of the quasi-

longitudinal and quasi-shear horizontal (SH) modes 

that have significantly reduced out-of-plane 

displacement amplitudes in comparison to the quasi-

shear vertical (SV) mode.  For monoclinic and 

higher symmetry materials (up to but not including 

isotropic symmetry), pure modes do not exist except 

in the case of propagation along principal directions 

[10].  Thus, in the context of this study the use of the 

A0 nomenclature in place of quasi-SV is consistent 

with the literature for the 0° and 90° propagation 

directions, but is understood not to be a pure mode 

due to material anisotropy for all other values of θ. 

To tune the far-field attenuation behavior of the FE 

model to match that of the experimental study, only 

the stiffness proportional damping term in eqn. (2) 

was utilized.  This was done in light of the 

relationship between the critical damping factor (ξ) 

added to the model, angular frequency (ω), and the 

mass (α) and stiffness (β) proportional damping 

parameters [8] 

 

Fig. 7 Time progression of the out-of-plane displacement 

field, elucidating the mode shapes that propagate due to a 

surface PLB. 
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. (5) 

Inspection of eqn. (5) shows that the amount of 

damping introduced into the model is inversely 

proportional to frequency for mass proportional 

damping; such behavior is in general not 

representative of material behavior in the far-field.  

Thus, only stiffness proportional damping was 

employed due to the increased damping incorporated 

into the model with respect to frequency. 

Examination of Figs. 3 and 4 revealed that the A0 

mode had significant energy at 75 kHz in both 

principal propagation directions.  For this reason, the 

numeric model was tuned at 75 kHz in the 0° 

direction to match the experimental attenuation 

coefficient (T0), while also monitoring how the 

attenuation coefficient in the 90° propagation (T90) 

direction responded. 

The effect of β on the simulated far-field attenuation 

coefficients in both principal directions is shown in 

Fig. 8. In light of the results presented in Fig. 8 and 

Table 2, a β value of 9.33E-08 s would tune the 

numerical T0 value to identically match the 

experimentally measured mean value.  Simulation 

with this damping parameter confirmed this 

supposition, as shown in Fig. 9.  As an aside, it is 

pointed out that with the use of β proportional 

damping and this particular combination of mesh 

density and material parameters, the stable time 

increment had to be decreased from 10 ns (β = 0 s) 

to 4 ns (β = 9.33E-08 s); such a decrease in the 

stable time increment resulted in analysis times that 

were roughly 2x longer than the undamped analysis. 

 
Fig. 8 Effect of β on the attenuation coefficient in both 

principal directions. 

 
Fig. 9 Comparison of experimental data and the 

attenuation coefficient predicted via simulation using β = 

9.33E-08 s in the 0° propagation direction at a frequency 

of 75 kHz. 

 

Fig. 10 Comparison of experimental data and the 

attenuation coefficient predicted via simulation using β = 

9.33E-08 s in the 90° propagation direction at a frequency 

of 75 kHz.  

Moreover, with β = 9.33E-08 s the transverse 

attenuation coefficient, T90, was found to have a 

simulated value of 34.8 Np/m.  A comparison of 

simulated transverse attenuation data and the 

experimentally measured data is presented in Fig. 

10.  By tuning the attenuation behavior of the finite 

element model in the 0° direction, the response of 

the numerical model in the principal transverse 

direction closely matched that of the experimentally 

measured attenuation coefficient.  Such behavior 

indicates that the model is accurately accounting for 

all forms of attenuation not related to material 

attenuation (i.e., velocity dispersion, and geometric 

spreading).  Moreover, through the technique 

developed in this work the use of stiffness 
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proportional Rayleigh damping was able to account 

for the effects of material attenuation in the far-field 

for transient dynamic analyses. 

Looking at the temporal and time-frequency 

response of the tuned model, Fig. 11 presents the 

simulated waveform and CWD at a propagation 

distance of 200 mm in the 0° direction.  In 

comparing the experimental waveform and CWD 

(Fig. 3) to the numerically simulated waveform and 

CWD (Fig. 11) reasonable agreement was observed, 

when account is taken for the fall-off of the lower 

frequency response of the experimental sensor when 

comparing the waveforms [7].   

Fig. 12 presents the numerically simulated 

waveform and CWD of the tuned model in the 90° 

direction at a propagation distance of 200 mm.  

Outstanding agreement (again tempered by the 

reduced low frequency response of the experimental 

sensor compared to the “perfect” response of the 

numerical model) between the experimental 

waveform and CWD (Fig. 4) and the numerical 

waveform and CWD (Fig. 12) were noted. 

To further investigate the use of Rayleigh damping 

and the numerically simulated attenuation behavior, 

the frequency specific nature of attenuation was 

examined.  To this end, the attenuation coefficients 

at 50 kHz, 75 Hz, 85 kHz, and 100 kHz for the 

numerical model tuned at 75 kHz were extracted 

with the results summarized in Table 3.  Comparing 

the values presented in Tables 2 and 3, mixed results 

were observed.  In looking at the attenuation 

coefficient in the 90° propagation direction, 

excellent agreement was observed for all values of 

frequency considered.  However, in the 0° 

propagation direction (direction used for tuning) 

reasonable agreement of the simulation attenuation 

coefficient with the experimentally measured 

attenuation coefficient was only observed for a 

frequency band of approximately ± 10 kHz, centered 

about the tuning frequency (75 kHz); outside of this 

bandwidth simulation results were found to under-

damp the attenuation behavior for lower frequencies, 

while over-damping for higher frequencies. 

 

 

Fig. 11 Temporal waveform (top) and CWD (bottom) of a 

numerical signal acquired at a propagation distance of 200 

mm in 0° direction. 

 

Fig. 12 Temporal waveform (top) and CWD (bottom) of a 

numerical signal acquired at a propagation distance of 200 

mm in 90° direction. 

Table 3 Summary of the frequency specific far-field 

attenuation coefficients of the A0 mode for the tuned FE 

model of the unidirectional CFC plate. 

Frequency [kHz] T0 [Np/m] T90 [Np/m] 

50 10.9 22.5 

75 18.1 34.1 

85 22.2 39.9 

100 35.3 47.4 

3.3 General Discussion 

From the results presented in Sections 3.1 and 3.2, 

agreement between the experimentally measured far-

field attenuation coefficient of a plate type 

unidirectional CFC and a tuned numerical model 

were observed.  It was shown that through the use of 

stiffness proportional Rayleigh damping, the 

numeric model could be tuned in the 0° propagation 
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direction to exactly match the experimental 

attenuation behavior at a frequency of interest.  In 

addition, it was found that this procedure resulted in 

excellent agreement between experimental and 

numerical values for the other principal attenuation 

coefficient (i.e., T90).  When considering frequencies 

± 10 kHz outside of the center tuned frequency, 

divergent results were observed for the 0° 

propagation direction.  However, numerically 

simulated results in the principal transverse 

propagation direction exhibited good agreement with 

experimental values for all frequencies considered.  

The cause for the over-damping in the 0° 

propagation direction is evident when considering 

how the stiffness proportional damping is introduced 

into the finite element model.  Stiffness proportional 

damping is introduced into the model as a damping 

stress, σD, and is defined as 

     
   ̇, (6) 

in which C
el
 is the material’s current elastic stiffness 

matrix, and  ̇ is the strain rate [8].  At each time step 

the calculated damping stress is superimposed on the 

stress resulting from the material’s constitutive 

response.   Examination of eqn. (6) indicates that the 

component of damping stress in the axial direction 

will be far greater that the damping components of 

stress in the transverse propagation direction due to 

the considerably larger value of C11 as compared to 

C22 = C33 (given in Table 1). 

To further enhance the ability to account for material 

attenuation in transient dynamic simulations and 

rectify the lack of agreement over a broad frequency 

range observed for the 0° propagation direction, two 

solutions appear possible.  The first solution would 

be to implement an anisotropic stiffness proportional 

Rayleigh vector.  Through this approach each 

component of the stiffness proportional Rayleigh 

vector could be independently tuned to match 

experimental data.  Such a technique would be 

analogous to the procedure developed in this work, 

with the added layer of complexity of independent 

tuning directions.  Such a solution would likely be a 

viable approach for single mode analyses.   

However, the previously proposed approach would 

lack the ability to accurately capture the attenuation 

behavior of multiple modes in the same analysis.  

Because different modes have different attenuation 

coefficients at the same frequencies, the use of an 

anisotropic Rayleigh vector may be ineffective in 

accurately capturing the attenuation behavior. 

The second alternative to accurately model the 

anisotropic attenuation behavior of a broadband 

multiple mode source in a transient dynamic analysis 

would be to accurately model the viscoelastic 

response of the material under study.  Such an 

approach may be viable; however, obtaining 

viscoelastic properties of the material under study at 

the ultrasonic frequencies (or alternatively time 

intervals) of interest is not trivial.  Work is currently 

under way in developing such a method to evaluate 

the efficacy of such an approach. 

4. Conclusion 

In this study two techniques were developed to 

investigate the far-field attenuation behavior of a 

unidirectional CFC plate.  Experimentally a 

broadband source was used to primarily excite the 

A0 mode with a time-frequency analysis procedure 

used to determine the frequency dependent 

anisotropic far-field attenuation coefficients.   

Subsequently, a transient dynamic finite element 

model was tuned to match the experimental 

attenuation behavior at a specific frequency of 

interest.  The technique was found to effectively 

capture the anisotropic attenuation behavior at the 

tuning frequency.  Moreover, the attenuation 

behavior in the principal transverse direction of the 

tuned model was found to agree with experimentally 

determined attenuation coefficients over the 

frequency range investigated.  In the 0° propagation 

direction, the tuned models response was less robust 

and only agreed with experimental attenuation 

values over a bandwidth of approximately ± 10 kHz 

centered about the tuning frequency.   

Thus, the performance of the current numerical 

approach was adequate in accounting for the 

anisotropic attenuation behavior of narrowband 

signals (quite useful for example on Hanning 

windowed ultrasonic tone bursts) that intend to 

excite only a single wave mode.  However, to 

accurately account for broadband sources with the 

potential of exciting multiple modes of propagation, 

a more robust technique is required.  Suitable 

techniques have been outlined, with one technique 

being developed to evaluate the efficacy.  
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1 Introduction 

Nowadays, TP-based laminates are becoming more 

and more attractive to the industry, because of 

promising alternatives compared to TS matrix 

composites, especially with their reduced curing 

time and their recycling properties. However, 

further growth of TP-based composites is directly 

linked to the knowledge of their long-term 

behaviour (fatigue and creep). Lately, a few 

authors have investigated the fatigue behaviour of 

TP-based laminates [1-4], but very few references 

are available in the literature about the fatigue 

behaviour of PMCs when temperature is higher 

than the glass transition temperature   .  

For woven-ply laminates, failure is usually 

initiated by cracks in weft fibre bundles, which 

subsequently grow either into matrix-rich areas or 

into the interface between longitudinal/ transverse 

fibre bundles within the same layer (the so-called 

meta-delamination), and ultimately fibre breakage 

[5]. Besides, the fatigue behaviour is strongly 

influenced by the ductility of the matrix. Indeed, 

the distribution of the matrix in woven-ply 

laminates initially results from the non-planar 

interply structure of woven plies, in which the weft 

fibre bundles undulate over the warp fibre bundles 

according to a given weave pattern [6]. An 

interlaminar crack will interact with matrix regions 

and the weave structure during its propagation, 

resulting in substantial crack growth resistance and 

a better resistance to delamination [7]. The concept 

of introducing soft regions, sometimes referred to 

as softening strips, into a fibre composite to 

provide barriers to crack growth and so raise the 

intrinsic toughness of the material has been well 

established [8] [9]. From the fatigue performances 

standpoint, it is therefore potentially interesting to 

associate woven fabrics with highly ductile 

thermoplastic matrices [10] [1], which effect is 

even more noticeable when service temperature is 

higher than the material glass transition 

temperature [11]. 

The present work was therefore aimed at studying 

the fatigue behaviour of woven-ply TP- and TS-

based laminates at a service temperature   such as: 

  |     
     |     

. The objective of this 

paper is to understand to what extent the matrix 

behaviour and the angled ply (45°) contributes to 

the fatigue behaviour and the damage 

accumulation during fatigue tests in QI laminates 

at different test frequencies. Indeed, because of the 

non-planar structure of the woven reinforcement, 

microscopic observations of laminates edges show 

lots of matrix-rich regions (see Fig.1) which seem 

to be instrumental in ruling the fatigue behaviour 

of PMCs. 

 

 

Fig.1. Edges microscopic observations of QI 

C/PPS laminates showing lots of matrix-rich 

regions 

2 Materials, experimental set-up and objectives 

The studied composite materials are carbon fabric 

reinforced laminates consisting of two different 

matrices: a semi-crystalline high-performance PPS 

(TP) and an amorphous Epoxy one (TS). The 

toughened PPS resin and epoxy resin are 

respectively supplied by the Ticona and Hexcel 

company. The woven-ply prepreg consists of 5-

harness satin weave carbon fibre fabrics (T300 3K 

5HS). The volume fraction of fibres is 50% in both 

laminates. A DMTA analysis showed that the glass 

transition temperature is 95°C in C/PPS [12], 
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whereas it is 190°C in C/Epoxy. The prepreg plates 

are hot pressed according to two lay-ups:  

- Quasi-isotropic (QI) 

[(0,90)/(45)/(0,90)/(45)/(0,90)/(45)/(0,90)] 

- Angle-ply (AP) [(45)]7 

This QI sequence is commonly used for 

applications in aircraft nacelles in the case of TS-

based composites.  

Fatigue tests were performed using a 100kN 

capacity load cell of an MTS 810 servo-hydraulic 

testing machine. Tests were conducted at two 

frequencies (1Hz and 10 Hz) and at 120°C. It’s 

worth noticing that the aircraft nacelle’s service 

temperature        . Both materials were 

tested according to two stacking sequences, and for 

different stress levels: 

- For QI: 70, 80, 90% of    

- For AP: 50, 60, 70% of    

All Fatigue tests were performed at a stabilized 

ratio           ⁄   . Temperature was 

monitored at the surface of specimens throughout 

tests, in order to observe the effect of both 

frequency and stress level on autogeneous heating 

resulting. In addition, a fractography analysis 

(Scanning Electron Microscope and Optical 

Microscope observation of failed specimens) was 

conducted in order to understand the fatigue 

damage mechanisms related to each material. 

 

3 Angle-ply laminates 

3.1 General standpoint 

Nearly, all multi-directional laminates contain a 

considerable fraction of [45°] angle-ply 

reinforcement layers to bear shear loads, to control 

stress concentrations and the damage behaviour 

[13]. A crucial role is thereby taken over by the 

[45°] layers, making relevant to initially consider 

the fatigue behaviour of A-P laminates [5] [14]. 

The mechanical properties and the monotonic 

behaviour of the materials have been studied in a 

previous work [15]. C/PPS laminates’ response to 

off-axis monotonic loadings has proved to be 

highly ductile and time-dependent at 120°C [15] 

[16], contrary to C/Epoxy laminates [15]. From a 

general standpoint, frequency virtually does not 

influence the fatigue life of C/PPS laminates, 

whereas it dramatically decreases the fatigue life (-

100%) of Epoxy-based laminates, particularly as 

applied stress increases (See Fig.2). 

 
Fig.2. Influence of frequency on fatigue life of A-P 

laminates subjected to fatigue tensile loadings at 

120°C 

Both materials have the same reinforcement, but 

differ from the nature of their matrix. It confirms 

that plasticity and viscous effects influence the 

fatigue behaviour of polymer-based laminates. 

Besides, a significant autogeneous heating has 

been observed on specimen surface at high 

frequency and high applied stress. A temperature 

gradient increase of 80°C and 55°C has been 

monitored in C/PPS and C/Epoxy respectively. 

Such an increase is of the utmost importance 

because it can lead to a softening of the material 

and to a premature failure. 

 

(a) 

 

(b) 

 
Fig.3. Comparison of the hysteresis loops 

depending on the test frequency at 80% of fatigue 

life and at 60%    - (a) C/PPS – (b) C/Epoxy 

 

3.2 Fatigue behaviour: Analysis of the hysteresis 

loops’ shape 

During a fatigue test as well as during a monotonic 

test, the specimen’s deformation may come along 
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with a plasticization of the pure-matrix region 

allowing the fibres to rotate, depending on matrix 

ductility. Such phenomenon can be observed by 

comparing the shape of hysteresis loop found 

during a fatigue test at 60%    and 80% of fatigue 

life (see Fig.3.) 

C/PPS laminates display “banana” shaped loops 

consisting of two parts. The first part of the loop is 

related to the loading phase during which the large 

rotation of fibres comes along with the large plastic 

deformation of PPS matrix mostly in matrix-rich 

regions (See Fig.3-a). More precisely, phase 1 and 

2 (see Fig.4.) correspond respectively to the elastic 

response followed by matrix plasticization. A 

secondary stiffening associated with the locking of 

rotating fibres (Phase 3 – See Fig.4) can be 

observed on the C/PPS loops from stresses 

reaching 40% of    (See black dotted lines on 

Fig.3a). It suggests that there is a threshold 

orientation from which laminates regain stiffness 

and start damaging. The second part is related to 

the unloading phase (Phase 4 – See Fig.4) during 

which fibres disorientate, and the opening of the 

loops seems to be ascribed to the viscoelastic 

behaviour (even more noticeable at low 

frequency). C/Epoxy laminates display loops 

whose shapes are either an elongated ellipse at 

10Hz or a crushed ellipse at 1Hz (See Fig.3b). For 

both frequencies, the loops shape reveal reduced 

fibres rotations (lower than 5°) and damage 

accumulation which are consistent with the low 

ductility of epoxy matrix during loading phase. In 

addition, secondary stiffening is not observed on 

C/epoxy loops because fibres rotation is reduced 

during loading phase, hence justifying that fibres 

disorientation is reduced, and the viscoelastic 

response of the matrix is minimized during the 

unloading phase. 

 

 

Fig.4.  Different phases of the mechanical response 

of laminates subjected to tensile loading (a) and 

unloading (b) at 120° 

3.3 Damage accumulation concept 

In order to evaluate the damage accumulation 

during fatigue tests, a damage variable based on 

the features of the stress-strain loops during cyclic 

loadings can be defined. Classically, the change in 

longitudinal stiffness that occurs during cycling is 

used to evaluate the accumulated damage damage 

[17]. However, the measured dynamic stiffness is 

not a good indicator of damage accumulation for 

lay-ups whose behaviour is matrix-dominated as 

discussed in [3]. For composites that exhibit 

significant fibre rotation or a creep response due to 

a sustained positive mean stress during cycling 

loading, the mean strain is more meaningful for 

describing the fatigue degradation process than the 

stiffness [3] [13]. The mean strain      ( ) can 

be calculated on each cycle   from the stress-strain 

loops such as      ( )  (    ( )  
    ( ))  . Thus, a similar expression for the 

accumulated damage  ( )  can be obtained from 

the value of       ( ) on each cycle: 

 ( )  
     ( )       ( )

     (  )       ( )
 (1) 

where      ( ) and      (  ) are the initial and 

final mean strain, respectively. This definition also 

ensures that the damage variable  ( ) varies in the 

range from 0 to 1. From this definition, it is 

therefore possible to compare the changes in 

damage accumulation during fatigue tests. 

In both materials, damage grows more rapidly as 

applied stress increase. The effect of frequency 

depends on both the applied stress level and the 

studied material. In C/PPS laminates, a low 

frequency seems to accelerate damage 

accumulation at high stress levels. At intermediate 

stress level (50%), a low frequency seems to slow 

down damage accumulation. At low stress level, it 

appears that frequency has virtually no influence. 

In addition, early damage (after a thousand cycles) 

is much more important at low frequency, which is 

also true in the case of Epoxy-based laminates. In 

C/Epoxy laminates, a high frequency seems to 

precipitate dramatically damage accumulation at 

high stress levels, whereas it seems to slow down it 

at low stress level. The curves representing 

accumulated damage  ( ) suggest that the fatigue 

behaviour can be divided into three primary stages 

(See Fig.5):  
 

 During the first stage, the fatigue behaviour of 

AP laminates is dominated by fibres bundles 

rotation coming along with plastic deformation 

of the matrix. After a few loading phases at the 
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maximum stress level, damage accumulates 

rapidly under the form of microcracks which 

may initiate in multiple locations (particularly 

in epoxy matrix), but preferably at the 

interfaces between fibres and matrix in the 

crimp region. In C/PPS laminates, the highly 

ductile behaviour promotes the plasticization 

which comes along with a significant rotation 

of fibres (See Fig.4). Depending on the applied 

stress, such rotation leads therefore to early 

cracking which is more noticeable in epoxy-

based laminates whose ductile behaviour is less 

important than in C/PPS laminates. Intra- and 

inter-bundles splitting also occur in +/- 45° 

fibres during this stage.  
 

 The second stage is characterized by a steady 

damage growth rate and little damage 

accumulation, which increase as the applied 

stress increases. Once damage is initiated in 

crimp regions, it slowly propagates at each 

cycle. In C/PPS laminates, the highly ductile 

behaviour of the PPS matrix at T>Tg delays the 

onset of matrix cracks at the interface and slows 

down their propagation. In C/Epoxy laminates, 

matrix and fibre/matrix interface cracking start 

early because of its low ductility. During this 

stage, the steady damage growth rate can be 

associated with cyclic creep strains accordingly 

to the conclusions drawn in [18] [19]. 
 

 During the last stage, debonding and 

interlaminar cracks generalize rapidly during 

the last stage ultimately resulting in extensive 

delamination, and fibre bundles pull-out in 

Epoxy-based laminates as well as breakage of 

rotated fibres at 1Hz. From the edge views of 

failed specimens, it appears that delamination is 

more extensive in C/Epoxy than in C/PPS, 

because the onset of cracking is earlier, and 

fibres pull-out is much more important. Such 

damage mechanisms are exacerbated at high 

frequency in epoxy-based laminates. They are 

therefore much more detrimental from the 

fatigue behaviour standpoint, since the fatigue 

life goes from 126400 cycles to 4822 cycles (-

96% - See Fig.3), at 1Hz and 10 Hz 

respectively. 
 

The present damage mechanisms analysis is based 

on the fracture surfaces after fatigue failure and on 

the monotonic damage chronology which proved 

to be close to the chronology followed during 

fatigue tests. 

(a) 

 

(b) 

 

Fig.5.  Changes in the damage accumulation d(N) 

in C/PPS (a) and C/Epoxy (b) laminates during 

fatigue tests depending on tests frequency and 

applied stress level 

In the present work, the damage accumulation 

model developed by Mao et al has been used to 

describe the degradation of composite materials 

[20]. A nonlinear function depending on the 

number of cycles   is proposed to capture the three 

primary stages of fatigue damage accumulation in 

composite materials subject to fatigue loading, as 

described above: 

 ( )   (
 

 
)
  
 (   ) (

 

 
)
  

 (2) 

where  ( )  is the normalized accumulated 

damage;  ,    and    are material dependent 

parameters;   is the current number of cycles; and 

   is the fatigue life at the corresponding applied 

load level.  
 

  C/PPS  C/Epoxy 

1 Hz 10 Hz 1 Hz 10 Hz 

   0.24 0.31 0.09 0.60 

   41.17 2.86 44.38 158.75 

  0.63 0.33 0.81 0.40 
 

Table 1.  Changes in the damage accumulation 

d(N) in C/PPS (a) and C/Epoxy (b) laminates 

during fatigue tests depending on tests frequency 

and applied stress level 
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The characteristics of fast damage accumulation 

during the first few cycles can be captured with the 

first term, with     . The second term shows 

the fast damage growth at the end of fatigue life 

with     . Parameters of the proposed model 

are obtained with experimental data, and reported 

in Table 1. It’s worth noticing that these 

parameters depend on testing frequency, but not on 

the applied stress. With the obtained parameters, 

the proposed model has been used to predict the 

fatigue damage accumulation in C/PPS and 

C/Epoxy laminates subjected to tensile loadings at 

different frequencies. The comparison of 

experimental and modelling results shows that the 

present damage accumulation accurately represents 

the damage growth during both the early and final 

stages of life in C/PPS laminates (See Fig.6a). 

However, it seems to be less predictive to represent 

the accumulated damage in C/Epoxy laminates 

(See Fig.6b). These diagrams are presented for a 

frequency of 1Hz but the conclusions are also 

available at 10Hz. 

 

(a) 

 

(b) 

 

Fig.6. Model vs experimental damage 

accumulation in C/PPS (a) and C/Epoxy (b) 

laminates during fatigue tests depending on applied 

stress level at 1Hz 

From the present analysis of the fatigue behaviour 

of AP laminates, it turns out that the presence of 

matrix-rich regions resulting from the non-planar 

interply structure of woven plies, ductility and 

time-dependent behaviour of polymer matrix 

(exacerbated at     ) are instrumental in ruling 

the fatigue behaviour of woven-ply PMCs. Thus, 

the fatigue behaviour of PPS-based laminates at 

     is primarily due to fibre reorientation 

coming along with plastic deformation of the 

matrix during loading phase, as well as the 

disorientation of fibres and the viscoelastic 

response of the matrix during unloading phase 

(particularly at low frequency), rather than to 

fatigue damage accumulation. On the contrary, the 

fatigue behaviour of Epoxy-based laminates at 

     is primarily due to fatigue damage 

accumulation. The reduction of stress intensities in 

the matrix due to more or less plasticization may 

delay the initiation-propagation of matrix cracks, 

the debonding at the fibre/matrix interface, 

ultimately resulting in an extension of the fatigue 

life. The next section will investigate to what 

extent the matrix-dominated behaviour of the 45° 

plies contributes to modify the fatigue behaviour of 

QI laminates. 

 

4 QI laminates 

Contrary to the A-P lay-up, QI laminates have a 

fibre-dominated behaviour under monotonic as 

well as for a cyclical loading. Likewise the non-

planar structure of fabric reinforcement is 

characterized by lots of matrix-rich regions, which 

also play an important role in the fatigue 

behaviour, and more specifically in the damage 

chronology. This section intends to show to what 

extent the matrix ductility will influence the 

damage accumulation through these regions. 

 

4.1 General standpoint 

QI lay-ups are characterized by a quasi-linear 

behaviour for both materials since virtually 75% of 

the load is borne by the 0° fibres.  The overall 

views of stress-strain diagrams during fatigue life 

show that the hysteresis loops also display an 

elastic brittle behaviour (See Fig.7). It’s also 

noteworthy that frequency doesn’t seem to 

influence the loop shape. From a general 

standpoint, frequency proved to have different 

effect on the fatigue life of both materials (see 

Fig.8). In the case of C/PPS, an increase in 

frequency results in a decrease in the fatigue life. 

On the contrary, specimens tested at low frequency 

fail faster at high frequency in the case of C/Epoxy 

laminates. 
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(a) 

 

(b) 

 

Fig.7. Influence of frequency on fatigue life of QI 

C/PPS (a) and C/Epoxy (b) laminates subjected to 

tensile fatigue loadings at 120°C and 80%    

The results corresponding to 90%    have to be 

considered carefully because of a significant 

standard deviation on the number of cycles to 

failure. The C/PPS fatigue test at 70%    and 1 Hz 

still must be performed, however the previous 

observations suggest there will be no failure before 

1 million cycles. The temperature increase was 

negligible (no more than 20°C), and has a limited 

effect on the fatigue behaviour. 

 

 

Fig.8.  Influence of frequency on fatigue life of QI 

laminates subjected to fatigue tensile loadings at 

120°C 

4.2 Fatigue damage development analysis 

Damage mechanisms can be investigated from a 

fracture surface analysis. The fatigue damage 

scenario seems to highly depend on the maximum 

applied stress and on the frequency. A more 

precise analysis has been performed on specimens 

after a fatigue test for a maximum applied stress of 

80% of    for 10 Hz and both materials (Fig.9 & 

Fig.10). This analysis will provide precise pieces 

of information about the damage mechanisms 

responsible for the specimen fracture.  

 

 

Fig.9. Fracture surface analysis (top and side 

views) of C/PPS laminates subjected to tensile 

fatigue loadings at 120°C, σmax=80%    and 1Hz  

More specifically, on the one hand, C/PPS 

laminates show “brush”-like fracture surfaces with 

broken 0° and 45° bare fibres in hackles 

configuration at the specimen’s centre at both 

frequencies. Top and side views also indicate an 

extensive pull-out of 45° fibre bundles, and the 

onset of delamination at the specimen’s front and 

edges (See Fig. 9). Low frequency fracture 

surfaces clearly displays more 45° fibre bundles 

than the high frequency ones, suggesting a more 

significant contribution of 45° plies to the load 

transfer, and load bearing abilities when the first 0° 

fibres fail. This mechanism comes along with a 

more extensive delamination, and a moderate 

necking area in the fracture area, due to a rotation 

of 45° fibres just before failure. These differences 

can be explained by a relatively “slow” loading 

rate at 1 Hz compared to 10Hz, hence justifying 

that viscous mechanisms can be activated at 1Hz in 

the PPS rich matrix regions. Thus, it’s worth 

recalling that the test temperature (120°C) is higher 
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than the PPS’ Tg. In such conditions, fibre bundles 

rotate during the tensile loading, resulting in an 

extensive debonding from the upper and lower 

plies. The edge views also show a very limited 

damage area around the fracture surface at both 

frequencies. 
 

 

Fig.10.  Fracture surface analysis (top and side 

views) of C/Epoxy laminates subjected to tensile 

fatigue loadings at 120°C, σmax=80%    and 1Hz  

On the other hand, C/Epoxy surface fractures 

display an extensive pull-out of broken bare fibre 

bundles through the thickness. Such damage comes 

along with an important delamination, and 

perfectly debonded plies which highlight the 

reinforcement architecture, especially at 10Hz (See 

Fig. 10). According to the failed specimens’ edge 

views, damage (mostly interply debonding and 

delamination) extend in the whole specimen far 

from the fracture surface. It indicates a gradual 

scenario of damage accumulation by intraply and 

interply growth during the fatigue loading. At 

lower frequencies (1 Hz), a similar damage 

scenario can be observed (see Fig.10) with the 

same type of mechanisms (interply and intraply 

debonding). However, the damage area seems to 

be much more localized around the fracture area 

with a few interply debonding along the 

specimen’s surface. The difference between the 

two frequencies can be explained by a localized 

plasticization of the matrix, which is more likely to 

occur in the rich resin areas at low frequency. 

From these macroscopic observations, it can be 

concluded that the two materials are subjected to 

two specific damage scenarios. Therefore, several 

fatigue tests have been performed and stopped at 

different stages of the fatigue life. These tests were 

carried out at 80% of      and 10 Hz, to find a 

compromise between a long fatigue life and a 

reduced duration. For each specimen, two 

longitudinal and transversal cuts were made to 

investigate the damage accumulation in the 

material. However, the microscopic observations 

views (not presented in the paper) allowed the 

authors to represent the different scenarios on 

CAO views of both laminates (Fig.11).  

In C/PPS, the early life (Fig.11-b) is characterized 

by the onset of a few longitudinal and transversal 

yarn cracks due to the coalescence of localized 

fibre/matrix debonding in 45° plies. Longitudinal 

and transversal cracks (observed on the fracture 

surfaces – Fig.9) also appear at the specimen 

surface during the first stage. The subsequent stage 

(Fig.11-c) are characterized by a generalization of 

the intrayarn cracks as well as the onset of 

intralaminar cracks in 45° plies due to the 

coalescence of the yarn cracks. During the last 

stage of fatigue life (Fig.11-d), propagation of the 

intralaminar cracks along the weft and the warp 

fibres interface can be observed, as well as some 

“meta-delamination” in 0/90° plies and very 

localized edge effects, ultimately failure is 

associated with the breakage of 0° fibres. Even at 

90% of fatigue life, there are only a few 

intralaminar cracks, confirming what was observed 

on the fracture surface (Fig.9).  However, it’s 

worth noticing that no matrix cracking occurs, 

confirming the important role of the rich matrix 

areas in the fatigue damage accumulation because 

they act as cracks barrier [9].  

Damage onset occurs a lot slower in C/Epoxy than 

C/PPS laminates. Besides, damage is localized in 

the outer plies. Indeed, at 20% of fatigue life 

(Fig.11-b), limited damage can be observed in both 

views:  matrix cracking (contrary to C/PPS 

laminates) and intralaminar and interlaminar 

debonding initiating at the crack tips. Later, 

specimens experienced the growth of intra and 

interlaminar cracking at the vicinity of 45° plies 

(Fig.11-c). This stage is also characterized by the 

onset of longitudinal and transversal intrayarn 

cracks in the 45° plies. During the next stage a 

generalization of interlaminar cracks and of 

delamination can be observed in the whole 

specimen. At the end of fatigue life (Fig.11-d), 
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delamination expends extensively in the whole 

specimen making impossible the load transfer 

between the plies and locally leading to high 

overstresses. Thus, some 0° fibre bundles rapidly 

break, which is followed by a catastrophic failure 

of specimen coming along with the pull-out of 45° 

fibre bundles and the breakage of remaining 0° 

fibres. Both views are evidence supporting an 

important interaction between the different damage 

modes. 

Finally, the damage scenarios and the failure 

mechanisms are very different in both materials. 

C/Epoxy laminates are very sensitive to 

interlaminar cracking which leads to delamination 

according to gradual damage scenario and C/PPS 

laminates display a rather catastrophic fatigue 

behaviour, close to the one observed when they are 

subjected to monotonic loadings. Depending on the 

matrix behaviour (very ductile and time-dependent 

at 120°C in PPS, and brittle in Epoxy), matrix is 

more or less prone to cracking. This is particularly 

true in rich matrix regions where the localized 

plasticity results in an enhanced toughness. These 

regions therefore act as cracks barriers by delaying 

their onset and slowing down their growth, 

confirming the work conclusions drawn in [9] [11].  
 

The scenarios for lower frequencies (1Hz) can be 

determined. In both materials, the slower loading 

rate allows the matrix viscous mechanisms to be 

activated. In C/PPS as well as C/Epoxy, viscous 

mechanisms (e.g. viscoelasticity - viscoplasticity) 

will significantly influence damage accumulation 

through localized plasticization in the rich matrix 

area, delaying and minimizing matrix cracking. In 

C/PPS, the 45° plies plasticization will cause 

progressive interply and intraply debonding. The 

generalization of damage in this area will cause 

premature 0° fibre bundle breakage, allowing the 

45° to bear a larger part of the load and a limited 

fibre rotation. In C/Epoxy, the activated viscous 

mechanisms will enhance the local toughness of 

the material and the rich-resin region will act as 

barrier for cracks, preventing cracks propagation to 

the whole specimen. 

(a) 

 

(b) 

 

(c) 
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(d) 

 

Fig.11.  Damage accumulation in C/PPS and 

C/Epoxy laminates subjected to tensile fatigue 

loadings at 120°C σmax=80% σult and 10Hz at 

pristine state (a), 20% (b), 50% (c) and 90% (d) of 

fatigue life. 

4.3 Fatigue damage development analysis 

Damage scenarios have to be related to the damage 

accumulation concept, explained in 3.3. Contrary 

to the A-P laminates, the stiffness loss is a suitable 

parameter to evaluate the damage accumulation. A 

similar equation to (1) can be used:  

 ( )  
    ( )

     
 (3) 

where   and    are the initial and final stiffness, 

respectively.  

 

Fig.12.  Damage accumulation vs number of cycles 

in C/PPS and C/Epoxy laminates subjected to 

tensile fatigue loadings at 120°C σmax=80% σult and 

10Hz  

 

The damage accumulation vs number of cycles 

curves for C/PPS and C/Epoxy during a fatigue test 

at 80 %    and 10 Hz is shown on Fig.12. 

According to the damage scenarios evidenced by 

microscopic observations at different stages of 

fatigue life, the four damage states schematically 

illustrated for each material have been reported on 

this damage accumulation diagram (see Fig.12). 

 

As it was observed for the A-P laminates, these 

curves suggest that the fatigue behaviour can be 

divided into three primary stages: 

 During the first stage, damage initiates and 

accumulates relatively rapidly after a few 

cycles. In C/PPS, longitudinal and transversal 

intrayarn cracks. Such cracking comes along 

with the plasticization of the rich resin area 

preventing the onset of matrix cracks. The 

simultaneous damage initiation in the whole 

specimen results in a relatively rapid loss of 

stiffness modulus. In C/Epoxy, the damage 

accumulation is much slower, and consists of 

matrix cracking, propagating at the ply interface 

of 45° plies. 
 The second stage is characterized by a slower 

gradual damage accumulation that seems to 

increase with the applied stress. The gradual 

change in damage is in agreement with the 

growth and the generalization of cracks in the 

materials. Such growth corresponds to the 

coalescence of intrayarn cracks leading to 

intralaminar and interlaminar cracks in C/PPS 

laminates. Because of the local plasticization of 

rich resin areas, the crack path is scattered with 

barriers to its growth, making it slower. On the 

contrary, intralaminar cracks propagate rather 

freely across the matrix area and along the plies 

interfaces in the C/Epoxy laminates. Moreover, 

the overstresses induced at the cracks tips in 

these areas, lead to intrayarn cracking in both 

directions.  

 During the last stage, a fast damage growth can 

be observed. This phase lasts only a few cycles 

and illustrates a sudden breakage of 0° fibres 

for the C/PPS laminates. Failure results from 

the generalization of damage and the transfer of 

load coming from the 0° fibres when they 

break. On the contrary, this stage seems to be 

much more gradual and displays an inflexion 

point corresponding to an increase in the 

damage accumulation rate for the C/Epoxy 

laminates. At this point, damage is already 

extensively spread throughout the laminates, 
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especially at the plies interfaces. Extensive 

delamination leads to locally high overstresses.  

Thus, some 0° fibre bundles rapidly break 

resulting in the catastrophic failure of 

specimens, especially the pull-out of 45° fibre 

bundles and the breakage of 0° plies. 

At low frequencies, the damage accumulation 

scenario is virtually the same. The only exception 

is the enhanced effect of matrix viscous 

mechanisms compared to 10 Hz tests, resulting in a 

local plasticization of the resin especially in the 

rich matrix areas.  

 

Conclusion 

The present work was aimed at investigating the 

influence of the matrix behaviour on the tension-

tension fatigue behaviour of woven-ply TP- and 

TS-based laminates at test temperatures such as: 

  |     
     |     

. Thus, matrix ductile and 

time-dependent behaviours (e.g. viscoelasticity and 

viscoplasticity) are exacerbated at T>Tg. Besides, 

the fatigue behaviour of composite system seems 

to be closely associated with the presence of 

matrix-rich regions, resulting from the non-planar 

interply structure of the woven plies. These areas 

are instrumental in modifying the damage 

chronology and the fatigue behaviour of A-P 

laminates, but also in ruling the fatigue behaviour 

of QI laminates, due to the response of 45° plies.   

Based on microscopic observations (at different 

stages of fatigue life) and fracture surface analysis, 

two different damage scenarios were determined in 

QI laminates.  

On the one hand, C/PPS laminates display a rather 

catastrophic fatigue failure (0° fibre bundles 

breakage) with no preliminary sign of failure. 

Damage consists of several longitudinal and 

transversal intrayarn cracks in 45° plies, followed 

by their coalescence in several intralaminar and 

interlaminar cracks and some delamination on 

specimens’ edges. The microscopic observations 

did not reveal any matrix cracks. Indeed, PPS 

matrix is locally highly ductile (T>Tg) which 

delays cracking onset through a localized 

plasticization. This phenomenon seems to increase 

material toughness, and acts as cracks barriers in 

matrix-rich regions. 

On the other hand, C/Epoxy laminates display a 

gradual failure dominated by debonding and 

delamination. Damage is initiated in matrix rich 

areas and propagates throughout specimen by 

matrix cracking, intralaminar and interlaminar 

debonding, ultimately resulting in extensive 

delamination. Because of a brittle behaviour 

(T<Tg), matrix cracking occurs early in matrix-rich 

regions during fatigue life, leading to a generalized 

damage state in the whole material.  
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1 Introduction  

Variable-width variable-thickness laminated 

composite beams provide stiffness-tailoring and 

mass-tailoring design capabilities. They are 

increasingly and widely being used in engineering 

applications including robotic manipulators, aircraft 

wings, space structures, helicopter blades and yokes, 

turbine blades, and civil infrastructure due to their 

enhanced stiffness-to-weight and strength-to-weight 

ratios. 

These structures are subjected to time-varying 

loadings. In the present work, the free vibration of 

symmetric linear-thickness-and-width-tapered 

laminated composite beams is considered. In 

variable-thickness variable-width laminated 

composite beams, the stiffness and mass of the beam 

vary through its length.  

There are plenty of works conducted on the free 

vibration of laminated composite beams, most of 

which are on the response of uniform-thickness 

uniform-width beams. Abarcar and Cunniff [1] 

conducted the free vibration analysis of uniform 

laminated composite beams using one-dimensional 

Kirchhoff laminated beam theory. Chandrashekhara 

et al. [2] have studied the free vibrations and 

obtained the natural frequencies of advanced 

composite beams. They have considered the effect 

of rotary inertia and shear deformation in the free 

vibration analysis of the beams. Vinson and 

Sierakowski [3] established an exact solution for the 

free vibration of simply-supported uniform laminated 

composite beams neglecting the effect of shear 

deformation. Krishnaswamy et al. [4] obtained 

analytical solutions to the free vibration of generally 

laminated composite beams including the effect of 

transverse shear and rotary inertia in the energy 

formulation. Khdeir and Reddy [5] obtained 

analytical solutions for the free vibration of cross-

ply rectangular beams with arbitrary boundary 

conditions. Reddy [6] and [7] studied the behavior of 

laminated composite beams and presented a finite 

element model to analyze the vibration of Euler-

Bernoulli laminated composite beams. Berthelot [8] 

has worked on properties, free vibration and natural 

frequencies of laminated composite beams. 

Abramovich and Livshits [9] established analytical 

solution of free vibration and obtained the mode 

shapes and the natural frequencies of non-

symmetrical cross-ply laminated beams. There also 

have been numerous researches on the free vibration 

of thickness-tapered beams. Roy and Ganesan [10] 

conducted a detailed study on the response of tapered 

composite beams having different types of thickness 

profile considering general boundary conditions. 

Farghaly and Gadelrab [11] have studied the free 

vibration of stepped uniform-width thickness-

tapered Timoshenko composite beams using finite 

element method. He et al. [12] presented a complete 

review of different configurations of tapered 

composite structures. Zabihollah [13] and Eftakher 

[14] developed a conventional finite element model 

for thickness-tapered Euler-Bernoulli beams. 

Ganesan and Zabihollah [15] and [16] have 

presented a higher-order finite element formulation 

for thickness-tapered laminated composite beams 

based on classical laminated plate theory. To [17] 

have considered four degrees of freedom per node 

(deflection, rotation, curvature and gradient of 

curvature) and two nodes per element in the finite 

element formulations in order to obtain stiffness and 

mass matrices for linearly tapered beams based on 

Euler-Bernoulli beam theory. Badagi and Ganesan 
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[18] have studied the free vibration of thickness-

tapered width-tapered laminated composite beams 

using Rayleigh-Ritz method. Salajegheh and 

Ganesan [19] have worked on the free vibration of 

variable-thickness variable-width laminated 

composite beams using conventional finite element 

formulation in which two nodes per element and two 

degrees of freedom per node were used. 

In the present study the free vibration of variable-

width variable-thickness laminated composite beams 

is considered. Simply-supported, clamped-clamped 

and clamped-free boundary conditions are 

considered for free vibration response. Comparison 

of the advanced finite element solution with the 

conventional finite element solution [19] is 

performed.  

A comprehensive parametric study is conducted to 

investigate the effects of taper configurations, 

thickness-tapering angle, width-ratio (the ratio of the 

width of the beam at the right end to that of the 

beam at the left end) and boundary conditions on the 

free vibration of the composite beams. 

2 Variable-width variable-thickness laminated 

composite beams 

In general there are three types of thickness tapered 

beams: Externally-tapered, mid-plane-tapered and 

internally-tapered beams. Thickness tapering is 

achieved by terminating selected plies at specific 

locations through the length of the beam.  Similarly, 

width tapering is done by linearly cutting the beam 

on the surfaces perpendicular to the mid-plane of the 

beam. 

In this study, four types of internally-thickness-

tapered configurations corresponding to four 

different types of plies drop-off, as shown in Figure 

1, are considered. 

The beam’s width varies linearly along its length 

from b1 at x = 0 to b2 at x = L, as shown in Figure 2. 

3 Advanced finite element analysis 

3.1 Formulation 

Considering a variety of tapered configurations 

according to different types of plies drop-off an 

advanced finite element formulation is developed 

based on the one-dimensional Kirchhoff laminated 

beam theory. Natural frequencies and mode shapes 

of different types of internally-tapered composite 

beams are determined. 

In tapered beams the properties of the beam vary 

through the length of the beam. The equation of 

motion based on classical laminated beam theory [8] 

for a variable-width variable-thickness beam is: 

 
      ) ̃ )

   
    ) ̃ 

 
   

   
    )     )  

   

   
 

  ) 

in which    ) denotes the width of the beam. For a 

linearly width-tapered beam: 

                           )     
      )

 
                       ) 

 ̃  denotes the bending moment per unit width 

about the y-axis,  ̃ 
  is the axial force per unit width 

along the x-axis,   is the deflection in the thickness 

direction,    ) is the distributed transverse load per 

unit length,   represents time and    is mass per unit 

length per unit width expressed as: 

                          ∑    

 

   

  
      

 )                       ) 

Here   denotes the number of plies and    is the 

density of each ply.   
  and     

  denote distances to 

the top and to the bottom interfaces of each ply from 

the centerline of the beam respectively as shown in 

Figure 3. 

In the present study width-tapering is described by 

the width ratio (  ) as: 

                                          
  

  
                                      ) 

One can write the bending moment for thickness-

tapered beams as [15]: 

            )  
       )       )   

   )      ) 

where      )  denotes the first coefficient of the 

coupling stiffness matrix,   
  is the strain in  -

direction of the reference point,   is the thickness-

tapering angle,      ) is the first coefficient of the 

bending stiffness matrix and    is the curvature. 

                                       
   

   
                                 ) 

The first coefficient of the bending stiffness matrix 

is a function of   and varies through the length of 

the beam. For each element this coefficient is 

determined as [15]: 
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in which   is the number of plies in each element, 

 ̅    is the first coefficient of the transformed 

reduced stiffness matrix of the ply  . 

Since the considered beams are mid-plane 

symmetric,      )  will be equal to zero. The 

bending moment for symmetric thickness-tapered 

beams will be: 

                              )   
   )

   

   
                 ) 

Two nodes per element and four degrees of freedom 

(deflection, rotation, curvature and the gradient of 

curvature) per node are considered. A seventh-order 

polynomial is used for the expression of deflection 

to satisfy the boundary conditions. 

Interpolation functions determined using advanced 

finite element formulations are given as: 
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Integrating the equation of motion by parts, the 

coefficients of stiffness and mass matrices for the 

beam are obtained respectively as [20]: 
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   and    represent the shape functions of the beam. 

Inserting the interpolation functions into equations 

(10) and (11), the coefficients of the stiffness and 

mass matrices for a thickness-tapered width-tapered 

element can be determined. 

Equations (10) and (11) define two 8×8 matrices for 

each element which can be used to build the global 

stiffness matrix [K] and global mass matrix [M]. 

Having the global stiffness and mass matrices for a 

beam, the natural frequencies and mode shapes can 

be determined by solving the eigenvalue problem: 

                          [ ]    [ ]){ }                         ) 

in which   represents the natural frequency and { } 
represents the vector of the mode shape 

corresponding to each natural frequency. Having the 

above equations and performing the calculations 

using MATLAB
®
 software, the natural frequencies 

and mode shapes of each beam can be determined. 

3.2 Natural frequencies 

The material considered in the analysis is pre-

impregnated NCT-301 graphite-epoxy material 

supplied by NEWPORT Company, USA [21] with 

following mechanical properties. E1 is 113.9 GPa, E2 

is 7.9856 GPa, ν12 is 0.288, ν21 is 0.0178, G12 is 

3.138 GPa and density is 1480 kg/m
3
 [15]. Obtained 

results have been compared and validated for three 

cases: 

I. Uniform-thickness uniform-width laminated 

composite beams: Accuracy of the natural 

frequencies obtained using advanced finite element 

formulation is compared with the accuracy of the 

existing results obtained using conventional finite 

element method [20]. The conventional finite 

element formulation considered for this case uses 

two nodes per element and two degrees of freedom 

(deflection and rotation) per node to analyze the 

vibration of the beams. 

Uniform beams with a) simply supported, b) 

clamped-free and c) clamped-clamped boundary 

conditions are considered. Beams are made of 36 

plies of NCT-301 graphite-epoxy prepreg and have 

25 cm length and 2 cm width. The laminate 

configuration is [0/90]9s. The first three natural 

frequencies of the beams are considered. Accuracy 

of the results obtained using advanced finite element 

method compared to the results obtained using 

conventional finite element method is shown in 

Table 1. 
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In Table 1, NF denotes Natural Frequency and E 

represents the number of elements used, CFEM and 

AFEM represent Conventional and Advanced Finite 

Element Methods respectively. As it can be 

observed from Table 1, when applying the 

conventional finite element method and using only 

one element for the analysis, only the first and 

second natural frequencies of the simply supported 

and clamped-free beams and none of the natural 

frequencies of the clamped-clamped beam can be 

derived. Whereas when applying the advanced finite 

element method, all the first three natural 

frequencies of the simply supported and clamped-

free beams as well as the first two natural 

frequencies of the clamped-clamped beam can be 

obtained. In this table the blank units indicate the 

results which cannot be derived using that specific 

number of elements for the corresponding boundary 

condition and the method used. 

It can also be concluded from Table 1 that advanced 

finite element method is not as sensitive as 

conventional finite element method to the number of 

elements used to derive the natural frequencies. 

Even with low number of elements acceptable 

accuracy can be obtained using advanced finite 

element method. 

II. Thickness-tapered width-tapered beams with 

constant-thickness-tapering-angle and varying 

width-ratio: In this case the thickness-tapering angle 

is held constant at 0.57 degrees and the width-ratio 

(
  

  
) varies from 0.2 to 0.8. The effect of width-ratio 

on the natural frequencies of the thickness-tapered 

beams is studied and is shown in Figure 4. Three 

boundary conditions (simply supported, clamped-

free and clamped-clamped) and four thickness-

tapering configurations (configurations A, B, C and 

D) are considered for this case. The results are 

compared with that obtained using conventional 

finite element method [20] and are shown in Table 

2. Excellent accuracy has been observed. 

It is shown in Figure 4 that due to the boundary 

condition constraint, clamped-clamped beams have 

the highest natural frequencies and clamped-free 

beams have the lowest natural frequencies. 

It can be concluded based on the results shown in 

Table 2 that configuration D has the highest natural 

frequencies and is the most stiff configuration, 

configuration C and configuration B have the second 

highest and the third highest natural frequencies 

respectively. Configuration A has the lowest natural 

frequencies and is the least stiff configuration among 

all the considered configurations. 

It can be observed from Figure 4 that as the width-

ratio of the thickness-tapered width-tapered simply 

supported and clamped-clamped beams increases 

their natural frequencies will increase, the natural 

frequencies of thickness-tapered width-tapered 

clamped-free beams on the other hand, will decrease 

which is due to weight increase at the free end of the 

clamped-free beams. 

III. Thickness-tapered width-tapered beams with 

constant width-ratio and varying thickness-tapering 

angle: In this comparison the width-ratio is held 

constant (
  

  
    ) and the thickness-tapering angle 

varies. Thickness-tapering angle of a beam increases 

as its length decreases.  In this case the effect of 

thickness-tapering angle on the response of width-

tapered beams is studied and is shown in Figure 5. 

Three boundary conditions (simply supported, 

clamped-free and clamped-clamped) and four 

thickness-tapering configurations (configurations A, 

B, C and D) are considered for this case. The results 

are compared with that obtained using conventional 

finite element method [20] and are shown in Table 

3. Excellent accuracy has been observed. 

It is expected that as the length of a beam decreases 

(thickness-tapering angle increases) the natural 

frequencies of the beam will increase, and it is 

shown in Figure 5 and Table 3 that the model used 

in this study successfully captures this trend. 

3.3 Mode shapes 

First, second and third mode shapes of a thickness-

tapered beam (configuration D) with 36 to 12 plies 

taper and that of a uniform beam with 36 plies with 

three boundary conditions (simply supported, 

clamped-free and clamped-clamped) are determined 

and shown in Figure 6. It can be seen from the mode 

shapes that the maximum deflections are shifted to 

the thin end of the tapered beams. It can be 

concluded from the mode shapes that tapering the 

beam will alter its mode shapes. 

4 Conclusion 

In this study, the advanced finite element 

formulation has been developed for the free 

vibration analysis of variable-thickness variable-

width laminated composite beams based on classical 

laminate theory. In the case of uniform laminated 

composite beams, natural frequencies obtained using 

advanced finite element method have been 
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compared with the exact natural frequencies and 

with those obtained using conventional finite 

element method. It has been indicated that use of 

advanced finite element method for the free 

vibration analysis of the beams results in better 

accuracy of the obtained natural frequencies 

compared to those obtained using conventional finite 

element method, especially when using less number 

of elements in the analysis. Consequently accuracy 

can be obtained more efficiently and rapidly by 

increasing the number of degrees of freedom in the 

element rather than increasing the number of 

elements. 

Based on the results obtained, it is concluded that 

configuration D has the highest values of natural 

frequencies, and then configurations C and B 

respectively have the second highest and the third 

highest natural frequencies. The configuration A has 

the lowest natural frequencies among all 

configurations. Consequently configuration D is the 

stiffest configuration. The size and the location of 

resin pockets and how they are separated have a 

large effect on the stiffness of the beams. In 

configuration D, large resin pockets are separated by 

a bent continuous composite ply which increases the 

stiffness of this configuration whereas in the other 

configurations composite plies are dropped 

somehow that there does not exist any continuous 

ply between the resin pockets. 

It can be illustrated that as the width-ratio of the 

beam increases, the natural frequencies of the simply 

supported and the clamped-clamped beams will 

increase while the natural frequencies of the 

clamped-free beams will decrease. 

 

 

 

 

 

 

 

 

 

 

 

References 

 

[1]  R. Abarcar and P. Cunniff "The vibration of 

cantilever beams of fiber reinforced material". 

Journal of composite materials, vol. 6, pp. 504-517, 

1972.  

[2]  K. Chandrashekhara, K. Krishnamurthy and S. Roy 

"Free vibration of composite beams including rotary 

inertia and shear deformation". Journal of Composite 

Structures, vol. 14, pp. 269-279, 1990.  

[3]  J. Vinson and R. Sierakowski "The behavior of 

structures composed of composite materials". 2nd 

ed., Boston: Springer, 2002.  

[4]  S. Krishnaswamy, K. Chandrashekhara and W. Z. B. 

Wu "Analytical solutions to vibration of generally 

layered composite beams". Journal of Sound and 

Vibration, vol. 159, pp. 85-99, 1992.  

[5]  A. Khdeir and J. Reddy "Free vibration of cross-ply 

laminated beams with arbitrary boundary 

conditions". International journal of engineering 

sciences, vol. 32, no. 12, pp. 1971-1980, 1994.  

[6]  J. Reddy "Mechanics of laminated composite plates 

and shells: theory and analysis". 2nd ed., 

Washington, D.C.: CRC Press, 2004.  

[7]  J. Reddy "An introduction to the finite element 

method". 2nd ed., Blacklick, Ohio: McGraw-Hill, 

1993.  

[8]  J. Berthelot "Composite materials: mechanical 

behaviour and structural analysis". 1st ed., New 

York: Springer, 1998.  

[9]  H. Abramovich and A. Livishits "Free vibration of 

non-symmetric cross-ply laminated composite 

beams". Journal of Sound and Vibration, vol. 176, 

pp. 596-612, 1994.  

[10]  P. Roy and N. Ganesan "Some studies on the 

response of a tapered beam". Journal of computers 

and structures, vol. 45, no. 1, pp. 185-192, 1992.  

[11]  S. H. Farghaly and R. M. Gadelrab "Free vibration of 

a stepped composite timoshenko cantilever beam". 

Journal of Sound and Vibration, vol. 187, pp. 886-

896, 1995.  

[12]  K. He, S. V. Hoa and R. Ganesan "The study of 

tapered laminated composite structures: a review". 

Composites Science and Technology, vol. 60, pp. 

2643-2657, 2000.  

[13]  A. Zabihollah "Vibration and buckling analysis of 

tapered composite beams using conventional and 

advanced finite element formulations". M.A.Sc. 

Montreal, 2003. 

[14]  A. Eftekhar Uddin "Free and forced vibration of 

tapered composite beams including the effect of axial 

force and damping". M.A.Sc. Montreal, 2008. 

[15]  R. Ganesan and A. Zabihollah "Vibration analysis of 

tapered composite beams using a higher-order finite 

ICCM19 6487



element. Part I". Journal of composite structures, 

vol. 77, no. 3, pp. 306-318, 2007.  

[16]  R. Ganesan and A. Zabihollah "Vibration analysis of 

tapered composite beams using a higher-order finite 

element. Part II". Journal of composite structures, 

vol. 77, no. 3, pp. 319-330, 2007.  

[17]  C. W. S. To "Higher order tapered beam finite 

elements for vibration analysis". Journal of Sound 

and Vibration, vol. 63, pp. 33-50, 1979.  

[18]  R. Ganesan and V. Badagi "Dynamic response of 

thickness- and width-tapered laminated composite 

beam-columns". 26th ASC annual technical 

conference on composites, vol. 3, pp. 2610-2637, 

2011.  

[19]  R. Ganesan and P. Salajegheh "Finite element 

vibration analysis of variable-thickness variable-

width laminated composite beams". 27th ASC 

technical conference on composite materials, p. 111, 

2012.  

[20]  P. Salajegheh "Vibrations of thickness-and-width 

tapered laminated composite beams with rigid and 

elastic supports". M.A.Sc. Montreal, 2013. 

[21]  [Online]. Available: 

http://www.newportad.com/pdf/PL.NB-301.pdf. 

 

 

 

 

 

 

 

 

 

 

 

 

Configuration A

z

x

Configuration B

z

x

Configuration C

x

z

Configuration D

x

z

 
 

Fig 1. Different configurations of the thickness-taper of 

the composite beam (longitudinal view of the beam) 
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Fig 2. Width-taper of the composite beam (top view of the 

beam) 

 

ICCM19 6488



 

 

 

t
k

t’
k

h’
k-1

h’
k

x

z

ᵩ

 

Fig 3. Arbitrary ply in the thickness-tapered composite 

beam 
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Fig 4. Fundamental natural frequencies of beams with 

constant thickness-tapering angle (0.57 degrees) and 

varying width-ratio for simply supported, clamped-free 

and clamped-clamped boundary conditions 
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Fig 5. Fundamental natural frequencies of beams with 

constant width-ratio (b2/b1 = 0.5) and varying thickness-

tapering angle for simply supported, clamped-free and 

clamped-clamped boundary conditions 
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Fig 6. First, second and third mode shapes of uniform and 

thickness-tapered uniform-width simply supported, 

clamped-free and clamped-clamped beams
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Table 1: Comparison of exact and finite element natural frequencies for simply supported, clamped-free and clamped-

clamped uniform beams 

The Lowest Three Natural Frequencies (x10
3
 rad/s) for Simply Supported Uniform Beam 

Mode Exact NF     1 E 2 E 3 E 4 E 10 E 

1
st

 1.3667 

CFEM 
Natural Frequency 1.5169 1.3721 1.3678 1.367 1.3667 

Percentage Error 10.99 0.39 0.08 0.03 0 

AFEM 
Natural Frequency 1.3667 1.3667 1.3667 1.3667 1.3667 

Percentage Error 0 0 0 0 0 

2
nd

 5.4667 

CFEM 
Natural Frequency 6.9514 6.0676 5.5314 5.4883 5.4673 

Percentage Error 27.16 10.99 1.18 0.39 0.01 

AFEM 
Natural Frequency 5.4669 5.4668 5.4667 5.4667 5.4667 

Percentage Error 0 0 0 0 0 

3
rd

 12.3002 

CFEM 
Natural Frequency - 15.2515 13.6522 12.5249 12.3068 

Percentage Error - 23.99 10.99 1.83 0.05 

AFEM 
Natural Frequency 12.6444 12.3004 12.3002 12.3002 12.3002 

Percentage Error 2.8 0 0 0 0 

The Lowest Three Natural Frequencies (x10
3
 rad/s) for Clamped-Free Uniform Beam 

Mode Exact NF     1 E 2 E 3 E 4 E 10 E 

1
st

 0.4869 

CFEM 
Natural Frequency 0.4892 0.4871 0.4869 0.4869 0.4869 

Percentage Error 0.48 0.05 0.01 0 0 

AFEM 
Natural Frequency 0.4869 0.4869 0.4869 0.4869 0.4869 

Percentage Error 0 0 0 0 0 

2
nd

 3.0511 

CFEM 
Natural Frequency 4.8199 3.0771 3.0612 3.0548 3.0513 

Percentage Error 57.97 0.85 0.33 0.12 0.01 

AFEM 
Natural Frequency 3.0513 3.0512 3.0512 3.0512 3.0512 

Percentage Error 0.01 0 0 0 0 

3
rd

 8.544 

CFEM 
Natural Frequency -  10.4073 8.6499 8.6096 8.5457 

Percentage Error -  21.81 1.24 0.77 0.02 

AFEM 
Natural Frequency 8.5532 8.5435 8.5435 8.5435 8.5435 

Percentage Error 0.11 -0.01 -0.01 -0.01 -0.01 

The Lowest Three Natural Frequencies (x10
3
 rad/s) for Clamped-Clamped Uniform Beam 

Mode Exact NF     1 E 2 E 3 E 4 E 10 E 

1
st

 3.0981 

CFEM 
Natural Frequency  - 3.1483 3.1108 3.1022 3.0982 

Percentage Error  - 1.62 0.41 0.13 0 

AFEM 
Natural Frequency 3.0982 3.0981 3.0981 3.0981 3.0981 

Percentage Error 0 0 0 0 0 

2
nd

 8.5397 

CFEM 
Natural Frequency  - 11.3515 8.7106 8.6191 8.5423 

Percentage Error  - 32.93 2 0.93 0.03 

AFEM 
Natural Frequency 8.5429 8.5401 8.5401 8.5401 8.5401 

Percentage Error 0.04 0.01 0.01 0.01 0.01 

3
rd

 16.7432 

CFEM 
Natural Frequency - - 20.2594 17.0996 16.7585 

Percentage Error - - 21 2.13 0.09 

AFEM 
Natural Frequency 17.6737 16.7447 16.742 16.742 16.742 

Percentage Error 5.56 0.01 -0.01 -0.01 -0.01 

 

 

 

ICCM19 6490



 

 

 

Table 2. Comparison of the natural frequencies obtained using advanced and conventional finite element methods for 

laminated composite beams with constant thickness-tapering angle and varying width ratio 

 

 NF (rad/s) 
Simply Supported 

Configuration A Configuration B Configuration C Configuration D 

width-ratio  0.2 0.4 0.8 0.2 0.4 0.8 0.2 0.4 0.8 0.2 0.4 0.8 

1 (AFEM) 2246 2332 2411 2133 2222 2306 2172 2264 2351 2535 2625 2707 

1 (CFEM) 2253 2337 2413 2145 2232 2318 2184 2272 2355 2550 2649 2721 

% differ 0.35 0.22 0.1 0.54 0.42 0.53 0.55 0.34 0.18 0.57 0.9 0.53 

2 (AFEM) 10027 9976 9912 9826 9769 9698 10028 9968 9894 11104 11072 11019 

2 (CFEM) 10068 10005 9932 9876 9808 9728 10074 9998 9915 11158 11112 11050 

% differ 0.41 0.29 0.2 0.51 0.4 0.3 0.45 0.3 0.21 0.49 0.36 0.28 

3 (AFEM) 22342 22252 22155 21894 21799 21695 22334 22233 22125 24502 24409 24303 

3 (CFEM) 22438 22319 22202 22010 21887 21762 22436 22303 22172 24608 24483 24360 

% differ 0.43 0.3 0.21 0.52 0.4 0.31 0.46 0.31 0.22 0.43 0.3 0.24 

 NF (rad/s) 
Clamped-Clamped 

Configuration A Configuration B Configuration C Configuration D 

width-ratio  0.2 0.4 0.8 0.2 0.4 0.8 0.2 0.4 0.8 0.2 0.4 0.8 

1 (AFEM) 5604 5633 5581 5534 5550 5485 5665 5679 5610 5908 5964 5942 

1 (CFEM) 5563 5604 5555 5492 5520 5467 5630 5653 5586 5870 5927 5909 

% differ 0.73 0.52 0.48 0.77 0.53 0.33 0.62 0.47 0.43 0.65 0.62 0.56 

2 (AFEM) 15403 15435 15359 15113 15131 15040 15458 15473 15375 16778 16854 16818 

2 (CFEM) 15301 15359 15288 15025 15058 14979 15368 15404 15312 16681 16783 16745 

% differ 0.67 0.5 0.46 0.58 0.48 0.41 0.59 0.44 0.41 0.58 0.43 0.43 

3 (AFEM) 30148 30171 30081 29512 29524 29421 30167 30173 30063 32765 32833 32780 

3 (CFEM) 29963 30029 29949 29354 29401 29306 30004 30049 29946 32553 32667 32621 

% differ 0.62 0.47 0.44 0.54 0.42 0.39 0.54 0.41 0.39 0.65 0.51 0.49 

 NF (rad/s) 
Clamped-Free 

Configuration A Configuration B Configuration C Configuration D 

width-ratio  0.2 0.4 0.8 0.2 0.4 0.8 0.2 0.4 0.8 0.2 0.4 0.8 

1 (AFEM) 2135 1837 1534 2233 1928 1617 2301 1986 1667 2211 1910 1595 

1 (CFEM) 2149 1842 1547 2284 1865 1649 2322 1996 1672 2253 1898 1555 

% differ 0.64 0.32 0.84 2.23 3.33 1.91 0.92 0.49 0.3 1.85 0.63 2.6 

2 (AFEM) 7515 7049 6621 7508 7040 6609 7695 7216 6775 8158 7639 7169 

2 (CFEM) 7601 7105 6657 7603 7100 6646 7787 7277 6814 8245 7713 7207 

% differ 1.13 0.79 0.54 1.25 0.85 0.57 1.18 0.83 0.57 1.06 0.95 0.53 

3 (AFEM) 17383 16882 16445 17150 16645 16201 17540 17024 16570 19161 18607 18138 

3 (CFEM) 17610 17028 16539 17379 16801 16302 17778 17179 16672 19408 18778 18244 

% differ 1.29 0.86 0.57 1.32 0.93 0.62 1.34 0.9 0.61 1.27 0.91 0.58 
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Table 3. Comparison of the natural frequencies obtained using advanced and conventional finite element 

methods for laminated composite beams with varying thickness-tapering angle and constant width-ratio 

 

NF (rad/s) 
Simply Supported 

Configuration A Configuration B Configuration C Configuration D 

Angle (deg) 0.344 0.43 0.573 0.344 0.43 0.573 0.344 0.43 0.573 0.344 0.43 0.573 

L (m) 0.25 0.2 0.15 0.25 0.2 0.15 0.25 0.2 0.15 0.25 0.2 0.15 

 

  

 56 44 33 56 44 33 56 44 33 56 44 33 

 

  

 17 13 10 17 13 10 17 13 10 17 13 10 

1 (AFEM) 758 1184 2104 810 1266 2251 826 1290 2293 955 1493 2653 

1 (CFEM) 760 1188 2110 816 1270 2260 827 1296 2299 959 1502 2654 

% differ 0.36 0.34 0.27 0.71 0.34 0.42 0.21 0.47 0.26 0.41 0.65 0.03 

2 (AFEM) 3211 5017 8920 3509 5482 9746 3580 5594 9944 3980 6219 11056 

2 (CFEM) 3221 5033 8949 3520 5500 9771 3590 5609 9971 3992 6240 11093 

% differ 0.32 0.3 0.32 0.33 0.32 0.25 0.27 0.28 0.27 0.29 0.34 0.33 

3 (AFEM) 7156 11180 19876 7835 12243 21764 7991 12486 22197 8775 13711 24374 

3 (CFEM) 7179 11217 19940 7863 12284 21839 8013 12521 22259 8800 13750 24446 

% differ 0.32 0.32 0.32 0.35 0.33 0.34 0.27 0.28 0.28 0.28 0.28 0.29 

NF (rad/s) 
Clamped-Clamped 

Configuration A Configuration B Configuration C Configuration D 

1 (AFEM) 1820 2843 5054 1994 3116 5539 2040 3188 5667 2148 3357 5967 

1 (CFEM) 1808 2826 5024 1984 3105 5511 2031 3174 5642 2137 3343 5940 

% differ 0.62 0.61 0.6 0.49 0.34 0.5 0.44 0.43 0.45 0.51 0.4 0.46 

2 (AFEM) 4977 7776 13824 5441 8502 15114 5564 8693 15454 6069 9482 16856 

2 (CFEM) 4947 7730 13742 5418 8467 15053 5540 8657 15389 6044 9443 16790 

% differ 0.6 0.6 0.6 0.44 0.42 0.41 0.42 0.42 0.42 0.4 0.41 0.39 

3 (AFEM) 9720 15187 26998 10622 16596 29503 10855 16960 30151 11819 18467 32829 

3 (CFEM) 9665 15101 26847 10581 16531 29389 10812 16893 30031 11761 18376 32671 

% differ 0.57 0.57 0.56 0.39 0.39 0.39 0.4 0.4 0.4 0.5 0.5 0.48 

NF (rad/s) 
Clamped-Free 

Configuration A Configuration B Configuration C Configuration D 

1 (AFEM) 581 908 1614 657 1027 1826 677 1058 1882 651 1017 1808 

1 (CFEM) 583 913 1617 677 1053 1856 681 1070 1891 674 998 1780 

% differ 0.31 0.59 0.19 2.96 2.46 1.65 0.5 1.07 0.48 3.41 1.88 1.55 

2 (AFEM) 2258 3527 6271 2483 3880 6897 2545 3977 7070 2694 4209 7482 

2 (CFEM) 2274 3554 6317 2506 3906 6952 2564 4007 7123 2713 4235 7527 

% differ 0.74 0.73 0.73 0.92 0.68 0.78 0.74 0.75 0.75 0.71 0.61 0.6 

3 (AFEM) 5419 8467 15052 5939 9280 16497 6074 9491 16873 6642 10378 18448 

3 (CFEM) 5463 8536 15176 5987 9352 16633 6123 9567 17008 6692 10455 18591 

% differ 0.81 0.81 0.82 0.81 0.77 0.82 0.79 0.79 0.8 0.75 0.74 0.77 
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THE 19TH INTERNATIONAL CONFERENCE ON COMPOSITE MATERIALS 

Abstract 
The high electrical conductivity of carbon nanotubes 
(CNTs) has motivated their incorporation into 
polymers for several purposes including electrical 
conductivity enhancement and sensing. Some 
studies have suggested that thin films of 
CNT/polymer composites can be used for humidity 
sensing. This study focuses on the influence of 
humidity on electrical conductivity of CNT-
modified epoxy composite. The degree of sensitivity 
to humidity of the developed composite are 
compared to other sensing capabilities (strain and 
temperature). It was found that a change of humidity 
from 5% relative humidity (RH) to 95% RH can 
cause an 80% reduction in conductivity. This 
significant reduction must be considered if a CNT-
based strain sensor is to be developed. A gauge 
factor of 3.7 was obtained for CNT-epoxy strain 
sensor suggesting ~4% change in conductivity as a 
result of 1% strain. This suggests that a modest 
change in humidity can completely compromise the 
accuracy of CNT-based strain sensors.  
 
1 Introduction  
Carbon nanotubes (CNTs) have great potential for 
enhancing the electrical conductivity of different 
polymers [1]. Such nano-modification is effective in 
addressing issues associated with electrostatic 
charging, electromagnetic interference and possibly 
lightning strike. Further, the electrically conductive 
network of CNTs can be used for health monitoring 
and sensing applications (e.g., measuring strain and 
matrix damage) [2]. Several studies have shown that 
CNT networks are piezo-resistive (i.e., strain change 
in the nanocomposite is proportional to electrical 
resistance change). Thus, strain sensing of a polymer 
or composite is conceptually possible through the 
incorporation of CNTs into a polymer composite 
structure [2-3]. Dimensional changes of the polymer 
barrier between CNT-CNT junctions in 
nanocomposites due to strain are at least partly 
responsible for the piezo-resistivity of CNT 

composites [4], suggesting that humidity and 
temperature induced dimensional changes would 
also affect the conductivity of CNT networks. For 
this reason, several studies have focused on the 
potential application of CNT networks embedded 
into polymers for humidity sensing [5-7].  
 
The underlying source of the sensitivity of CNT 
networks to humidity is disputed. Yoo et al. suggest 
that changes in resistivity are caused by polymer 
swelling below the percolation threshold and by 
charge transfer from water molecules to CNTs above 
the percolation threshold. This charge transfer, they 
claim, alters Fermi levels, increasing resistance 
across CNTs and across CNT-CNT junctions [8]. 
However, claims that the water molecules induce a 
charge transfer are challenged by density-functional 
calculations performed by Sung et al. [9]. Yu et al. 
[7] suggested that the increased resistance of CNTs 
by water uptake is caused by a weak bond between 
H and C atoms from water and CNTs respectively, 
which lowers conductivity. Liu et al. developed a 
model of resistance with respect to humidity for a 
CNT/ poly (Dimethyldiallyl-ammonium Chloride) 
film, identifying three different parameters 
influencing the nanocomposite resistance (tunneling 
barriers between CNTs, swelling of the matrix, and 
charge transfer from water to CNT) [10,11]. Zhao et 
al. suggested that water molecules alone introduce 
electrons to CNTs and decrease the amount of 
conducting holes in CNTs [12]. Finally, a 
compensation of p-type MWCNTs by water-donated 
electrons was identified as the main mechanism of 
conductivity change due to humidity for KOH doped 
MWCNT/PMMA film sensors [5].  
 
The environmental factors can influence the overall 
electrical conductivity of a polymer nanocomposite 
for applications in which a certain level of 
conductivity is required. Therefore, whether a CNT 
network is used for sensing (strain, damage, etc.) or 
electrical conductivity enhancement, it is crucial to 
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quantify the influence of environmental factors, such 
as humidity, on the electrical conductivity of CNT 
composites. This work focuses on quantification of 
the effect of humidity and temperature on the 
electrical conductivity of a CNT-modified epoxy. 
The results of this study are compared to the 
sensitivity of the same CNT-based epoxy film to 
strain in order to emphasize on the importance of 
this study. 
  

2.  Experimental  

2.1 Materials  

Single-walled CNTs (SWCNTs) were synthesized 
by the two-laser method developed at NRC as 
described elsewhere [13]. A solvent-processing 
technique, which consists of dispersing SWCNTs by 
ultrasonication, followed by addition of dissolved 
epoxy resin and solvent removal, was used to 
incorporate as-produced, unfunctionalized SWCNTs 
into the epoxy adhesive system. Curing of resin was 
done at room temperature resulting in composites 
with ~1 wt% loading of SWCNTs. Films of the 
nanocomposite and baseline epoxy resin with 
thicknesses of 0.1 and 1 mm were cured between the 
two glass plates coated with a release agent to 
facilitate the removal of freestanding films. Metal 
shims were placed between the two plates to control 
the film thickness (Fig. 1).   
 
 

 
Fig. 1. Manufacturing of thin films using a steel shim 
and two glass substrates. 
 

 

 

 

2.2 Test setup 

In order to quantify the weight gain of the polymer 
and nanocomposite thin films due to humidity, small 
samples with lateral dimensions of approximately 4 
mm were exposed to humidity using a DVS 
Advantage Dynamic Gravimetric Vapor Sorption 
Analyzer from Surface Measurement Systems. The 
in-plane electrical resistance of the nanocomposite 
films was obtained by measuring the current at a 
voltage of 1 V using a Keithley 2635A source-meter. 
For the electrical measurements, strips of 5 mm wide 
and 4 cm long were exposed to selected humidity 
levels using an Espec humidity chamber while the 
electrical resistance of the strips was recorded.  
 
The effect of temperature on electrical conductivity 
of the nanocomposite (0.1 mm thick film) was also 
studied. The nanocomposite was dried for two days 
using a desiccant (calcium sulfate) in a glass 
container while the specimen was suspended from 
the container lid using the electrode wires (Fig. 2). 
The container was transferred to an oven and 
electrical conductivity was measured while 
temperature was gradually increased. A slow 
temperature ramp of 1˚C/min was used to guarantee 
that the container temperature closely tracked the 
oven temperature. A voltage of 1 V was applied to 
the sample and the electrical current was recorded at 
5˚C temperature intervals using a Keithley 2635A 
source-meter.  
 
The strain sensing capability of the developed CNT 
composite was also studied using a nanocomposite 
thin film of about 100 µm in thickness with lateral 
dimensions of 7 × 7 mm, cured on the surface of an 
insulating epoxy substrate ~ 1 mm thick (Fig. 3).  
Electrodes were applied to the nanocomposite using 
a conductive paint (DuPont 4929N). A micro-tensile 
test frame (Fullam Substage Test Frame) was used 
to apply strain (up to 1.2%) at a displacement rate of 
0.1 mm/min while electrical conductivity was 
measured at a voltage of 1 V using a Keithley 
2635A source-meter.  
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Fig. 2. Test setup for the measurement of temperature 
effect on electrical conductivity of nanocomposites 
after the specimen was dried. 
 
 

3. Results and Discussion 

3.1. Effect of temperature on electrical 
conductivity  
Fig. 4 presents the measured electrical conductivity 
of already-dried CNT/epoxy nanocomposite as a 
function of temperature. It is clear that electrical 
conductivity does not show substantial sensitivity to 
temperature between room temperature and 100˚C. 
This contrasts with the results of several papers that 
suggest that the electrical conductivity of 
CNT/epoxy composites can be sensitive to 
temperature [14-16]. One possibility is that the CNT 
content is insufficient or the developed 
nanocomposite is not sensitive to this range of 
temperature [15, 16].  
 
 
 
 

 
 

 
Fig. 3. Setup for the measurement of piezoresistivity of 
nanocomposite films. 
 
 

 
Fig. 4. Current (conductivity) change of 
nanocomposite versus temperature (@ 1 volt). 
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3.2. Piezoresistivity of CNT composites for strain 
sensing  
Several studies have demonstrated the sensitivity of 
CNT composite electrical conductivity
mechanical strain (piezoresistivity) [3
shows the relationship between strain and 
normalized resistance change measured in this work
Gauge factor, GF, of a strain sensor is defined as:
 
 

 
 
In this formula, �R, R0 and � are the resistance 
change, initial resistance and strain, respectively. 
 
In this case, the calculated gauge factor, 
nanocomposite was determined to be 3.7
sensitivity similar to traditional metal foil strain 
gauges. The reported strain gauge is in 
agreement with a GF of ~3 obtained previously 
PMMA nanocomposite sensors containing 1.0 wt% 
multi-walled CNT [5]. Also from Fig. 5, it is clear 
that the relationship between strain and normalized 
current change remains linear up to strains of 0.012 
(12000 µ�), higher than the range of conventional 
strain sensors (typically functional below 3000
 

Fig. 5.  Normalized resistance change versus strain for 
developed CNT/epoxy nanocomposite resulting in 
strain gauge factor of 3.7. 
 
 
 
 
 
 
 
 
 

composites for strain 

Several studies have demonstrated the sensitivity of 
composite electrical conductivity to 

strain (piezoresistivity) [3-5]. Fig. 5 
between strain and 
measured in this work.  

, of a strain sensor is defined as: 

(1) 

are the resistance 
change, initial resistance and strain, respectively.  

In this case, the calculated gauge factor, GF, for the 
3.7, which is a 

to traditional metal foil strain 
train gauge is in general 

previously for 
PMMA nanocomposite sensors containing 1.0 wt% 

walled CNT [5]. Also from Fig. 5, it is clear 
between strain and normalized 

up to strains of 0.012 
higher than the range of conventional 

below 3000 µ�). 

 
Normalized resistance change versus strain for 

developed CNT/epoxy nanocomposite resulting in a 

3.1. Effect of humidity on electrical
 
Fig. 6 compares the percentage weight gain of both 
neat epoxy and nanocomposite films of 0.1 mm and 
1 mm thickness when dried thin films were exposed 
to 95% relative humidity (RT) at 
0.1 mm thick, it takes about 90 min to reach to 95% 
of maximum weight gain (12.8%) after which the 
sample weight becomes stable. For films 1 mm 
thick, the weight gain is considerably slower as only 
about 25% of maximum weight gain was achiev
after 8 h exposure to humidity. This is expected as 
the moisture diffusion is much slower for thick 
samples (note that the thick specimen stabilizes to a 
maximum weight gain of 12% after one week of 
exposure to 95% RH). 
 
Fig. 7 compares the percentage c
conductivity over time for 0.1 mm and 1 mm thick 
nanocomposite films when the humidity increases 
from 10% RH to 95% RH (rate: 3% RH/min) at
50�C. It is clear that the increase in humidity causes 
a large reduction in conductivity (up to 
also apparent that the thinner specimen is 
considerably more sensitive than the thicker sample 
(80% reduction for the thinner film versus 20% 
reduction for the thicker film after 8 h humidity 
exposure), in agreement with Fig. 6. The electrical 
conductivity response of nanocomposite films to 
humidity depends on two factors: surface 
conductivity change and volume conductivity 
change. Surface conductivity change is a dominant 
factor for thinner films and has previously been 
taken advantage of in the development of humidity 
sensors [5-7]. This is also consistent with Fig. 8, 
showing that for similar weight gain, the 
conductivity drop is more significant for the thinner 
specimen. For the thicker specimen, on the other 
hand, the effect of volume resist
greater and only a small drop in conductivity was 
recorded. This sample shows a slower, more 
continuous conductivity drop over time (Fig. 7) and 
versus moisture weight gain (Fig. 8) due to slow 
volumetric moisture ingress.  
 

on electrical conductivity  

Fig. 6 compares the percentage weight gain of both 
neat epoxy and nanocomposite films of 0.1 mm and 
1 mm thickness when dried thin films were exposed 
to 95% relative humidity (RT) at 50˚C.  For films of 
0.1 mm thick, it takes about 90 min to reach to 95% 
of maximum weight gain (12.8%) after which the 
sample weight becomes stable. For films 1 mm 
thick, the weight gain is considerably slower as only 
about 25% of maximum weight gain was achieved 
after 8 h exposure to humidity. This is expected as 
the moisture diffusion is much slower for thick 
samples (note that the thick specimen stabilizes to a 
maximum weight gain of 12% after one week of 

Fig. 7 compares the percentage change of electrical 
conductivity over time for 0.1 mm and 1 mm thick 
nanocomposite films when the humidity increases 
from 10% RH to 95% RH (rate: 3% RH/min) at 

C. It is clear that the increase in humidity causes 
a large reduction in conductivity (up to 80%). It is 
also apparent that the thinner specimen is 
considerably more sensitive than the thicker sample 
(80% reduction for the thinner film versus 20% 
reduction for the thicker film after 8 h humidity 
exposure), in agreement with Fig. 6. The electrical 
conductivity response of nanocomposite films to 
humidity depends on two factors: surface 
conductivity change and volume conductivity 
change. Surface conductivity change is a dominant 
factor for thinner films and has previously been 

e development of humidity 
7]. This is also consistent with Fig. 8, 

showing that for similar weight gain, the 
conductivity drop is more significant for the thinner 
specimen. For the thicker specimen, on the other 
hand, the effect of volume resistivity change is 
greater and only a small drop in conductivity was 
recorded. This sample shows a slower, more 
continuous conductivity drop over time (Fig. 7) and 
versus moisture weight gain (Fig. 8) due to slow 
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Fig. 6. The weight gain of dried nanocomposite and 
neat epoxy after being exposed to 95% relative 
humidity for both 0.1 mm and 1 mm thick films. 
 
 

 
Fig. 7. Electrical conductivity changes of 0.1 mm and 1 
mm thick samples over time. 
 
 

 
Fig. 8. Electrical conductivity changes of 0.1 mm and 1 
mm thick samples versus weight gain when humidity 
increasing from 10% to 95% RH. 

Fig. 9 shows the electrical conductivity change of 
thin nanocomposite films over time under cyclic 
humidity change (between 10% RH and 95% RH). 
The first cycle results in a large reduction of 
conductivity (about 40%). This is attributed to the 
fact that the humidity desorption is slower than the 
humidity absorption. For the second cycle and 
afterwards, further conductivity drops of a smaller 
magnitude (~4% per each humidity cycle) were 
recorded. Several researchers have suggested that 
the swelling of polymer layer between CNT-CNT 
junctions in nanocomposites due to humidity (i.e., 
increasing tunneling barriers) is the reason for an 
increase in the electrical resistance [9-10]. A 
permanent reduction of ~4% per each humidity 
cycle is attributed to permanent damage in the 
electrical conductivity network due to repetitive 
swelling and shrinkage of polymer layers located 
between CNT-CNT junctions.  
 
 

 
Fig. 9. Electrical conductivity changes of 0.1 mm 
nanocomposite film over time under repetitive 
humidity change. 
 
 
4. Conclusion 
The effect of temperature, mechanical strain and 
humidity on the electrical conductivity of a CNT-
modified epoxy material was examined. For the 
range of examined temperature (25-100˚C), the 
nanocomposite electrical conductivity was 
insensitive to temperature change. On the other hand, 
it was observed that humidity significantly 
influenced the conductivity of the nanocomposite 
due to moisture ingress. This influence largely 
depends of the geometry (the thickness in this case) 
of the nanocomposite. Upon the maturation of 
technology for the utilization of CNT for electrical 
and sensing applications, it will be necessary to 
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understand the influence of environmental factors 
such as humidity on targeted applications. The 
nanocomposite developed in this study demonstrated 
sensitivity to mechanical strain with a gauge factor 
of 3.7. This means a 3.7% change in resistivity (or 
conductivity) when a strain of 1% is applied to the 
sensor. In comparison, a maximum water uptake can 
cause 80% reduction in conductivity. This suggests 
that for most practical applications when strain is 
below 1%, the nanocomposite is more sensitive to 
small humidity changes (e.g., 5%) than the strain 
itself. This means that the effect of humidity should 
be compensated.  Similarly, if electrical conductivity 
networks of CNT are used for damage detection, it is 
important to consider the role humidity can play in 
interpreting the damage size. A permanent increase 
in resistance due to cyclic humidity change can also 
limit the application of CNTs for the development of 
conductive polymers and nano-based sensors.  
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1 Introduction  

Hydrogen is considered to be an alternative fuel for 

future automotive generations. In pressure vessels 

made of fiber-reinforced composites it can be stored 

efficiently under high working pressure of typically 

70 MPa. Nowadays, these vessels are produced 

using filament winding. This paper will examine the 

braiding process as an alternative approach. Based 

on finite element modeling a filament wound and a 

braided pressure vessel are optimized for minimal 

weight. Particularly, the different fiber orientations 

and laminate thickness are taken into consideration. 

With the help of existing models for the winding 

process, the braided structure is evaluated in an 

analog way but with regard to its characteristic 

technological restrictions. It is evident that both 

laminate structure and vessel contour have to be 

modified to ensure acceptable structural 

performance. 

2 Motivations 

The market for composites pressure vessels is 

expected to grow at an annual growth rate of 13.8 %.  

Most composite vessels are manufactured via 

filament winding, which can be time consuming [1].  

State of the art is to produce such pressure vessels in 

small quantities by use of the wet filament winding 

process. As structural materials carbon fibers and 

thermoset matrix are used. To ensure that these 

pressure vessels stay attractive in comparison to 

alternative energy storage systems, improvements in 

design as well as in production techniques for 

composites are essential. 

The braiding process combined with resin-transfer 

molding (RTM) is an alternative production 

approach, which has the potential to decrease cycle 

times and thus allowing a higher productivity for 

serial production. Former work could prove that by 

placing a carbon fibre braid over an aluminum liner, 

followed by an injection of resin via resin transfer 

molding significantly faster cycle times can be 

achieved. Braids have lower strength values 

compared to unidirectional composites but show 

superior failure mechanism [2, 6]. 

Effective modeling strategies for pressure vessels 

should include the simulation of the manufacturing 

process to take decisive factors for product 

performance and reliability into account. Concerning 

filament wound vessels this is considered to be state-

of-the-art [3, 4].  

 

Fig. 1. Filament winding simulation [4] 

For braided pressure vessels effective modeling 

strategies are still to be developed, especially with 

regard to taking the manufacturing process into 

account for the structural design. In particular local 

fiber orientation and laminate thickness are of 

interest. Furthermore the optimization of the vessel 

geometry in terms of feasible placement paths of the 

braiding fibers is important. 
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3 Methods 

To examine the previous mentioned aspects, a 

calculation model for design of overbraided 

pressure vessels is developed. This is done in an 

analog way to the well-established procedure of 

simulating filament wound pressure vessels. 

Braiding gained attention for applications in 

composite manufacturing due to its high 

productivity while allowing complex shapes and 

load-specific tailoring of the fiber architecture [8]. 

To form a braid at least three fiber strands 

(tows/rovings) are needed. These strands are 

crossed over each other. It is a classic textile 

process, which has been adapted to the 

characteristics of brittle technical fibers like carbon 

with a modification called the radial braiding.  

The radial braiding machine RF 1/144-100 from 

Herzog is used to produce braided preforms at the 

Institute for Textiltechnik (ITA) of RWTH Aachen 

University. Up to 144 fiber strands can be placed 

onto a mandrel simultaneously.  The radial 

overbraiding machine consists of a machine bed 

equipped with horn gears. These horn gears guide 

the bobbins with the carbon fiber strands around the 

center of the machine, thereby interlacing the fiber 

strands. The carbon fibers are guided over a 

braiding ring onto a braiding core. An industrial 

robot supports and controls the movement of this 

core. 

 

 

 

 
Fig. 2. Left: Radial braiding machine; right: process guiding for overbraiding of pressure vessel 

 

For braiding as well as for filament winding the 

angle, in which the fiber is placed on the core, 

varies strongly with a changing diameter. Fig. 3 

shows a general dependence between radius and 

fiber angle.  

Fig. 3. Analytical connection between core radius and 

fiber angle 
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Changing process parameters can influence this, but 

the tendencies will stay the same. With decreasing 

diameter the fiber angle will strongly increase for 

filament winding. However for the braiding process 

it means, that the fiber angle decreases (Fig. 4). 

 

 
Fig. 4. Fiber angle in relation to the radius for filament winding and braiding 

 

For modeling the winding software ISAWIND® [4] 

is modified, in order to build up the pressure 

vessel’s laminate rapidly. Therefore equation 1 is 

implemented to take the braiding fiber lay down 

paths into account. It correlates the fiber angle α 

(on the mandrel surface in the axis direction) with 

the mandrel radius r and the machine parameters 

take-up speed vtu and angular velocity of the 

carrier ωC [5]: 

tu

C

v

r



 arctan  (1) 

The vessel has a diameter of 200 mm in the 

cylindrical section; the diameter of the polar 

openings is 70 mm. For hydrogen tanks with a 

working pressure of 70 MPa high burst pressure of 

164.5 MPa must be reached which can only be 

resisted by a thick-walled composite laminate. This 

causes stress gradients throughout the laminate; 

therefore layered solid elements are used for the 

finite element model (Fig. 5). 

It is assumed, that the overbraiding is done with a 

constant take-up and bobbin speed. This results in a 

uniform braiding angle in the cylindrical section 

and a decreasing braiding angle in the domes.  

To adjust the fiber direction according to the 

applied pressure loads, different braiding angles in 

the cylindrical section as well as variations of the 

laminate design were examined. 

The braiding angles and layer thicknesses were 

analytical determined with a specifically 

programmed calculation tool. The data were 

transferred to ISAWIND®, allowing the generation 

of a solid element mesh for the finite element 

simulation; including the information specific to the 

braiding process (Fig. 4).  
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Fig. 5. Finite element model of the overbraided pressure 

vessel 

For the material data of the laminate standard 

parameters of a 12k intermediate modulus carbon 

fiber and epoxy resin were used. These material 

parameters were decreased with factors derived 

from literature of braided coupon tests as well as 

experience data from filament wound vessels. 

Additionally a polymeric liner and metallic end 

boss were modeled for the finite element 

simulation. The testing calculations were performed 

under static internal pressure load of 164.5 MPa. 

Layer-by-layer post-processing was executed in a 

spreadsheet program. For this purpose, the stress 

values along the local fiber direction were exported 

from the finite element results and compared with 

the strength of the composite material in fiber 

direction (Fig. 7). 

 

4 Results 

Filament wound pressure vessels have a typical 

shape in the dome section. This shape is optimized 

for the lay-up patterns of the winding process, 

based on an isotensoid contour [3]. On the basis of 

conservative material properties for the braided 

laminates, no configuration could be found, that 

ensures the required safety against failure without 

extensive layer adding. Hence, modifications to the 

dome contour must be made, considering the 

different lay-up path of a braided structure.  

 

Figure 7 shows the evaluation of typical simulation 

results. The path-coordinate extends in meridian 

direction along the overbraided surface. Two 

critical values were defined, one for the maximum 

tension allowed in the cylindrical section of the 

vessel, the second one for the maximum tension in 

the dome area. 

To obtain a laminate for the vessel, that can 

withstand the required pressure loads, layers in the 

cylindrical section were added. This showed that 

the most critical parts, concerning loads that would 

lead to failure, were in the dome for most of the 

cases. This is due to stress gradients caused by the 

thick-walled laminate and the curvature 

discontinuity at the transition from the cylindrical 

part to the dome. By varying the braiding angles as 

well as the laminate stacking the maximum stresses 

in the dome area could be decreased. However a 

reduction to a non-critical value could not be 

achieved, under the condition that the weight should 

not be higher than for a typical filament wound 

vessel.  
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Fig. 6. Shapes of the dome contours in sectional view 

To further decrease the maximum tension in the 

fibers a second optimization approach was chosen 

by varying the contour shape of the domes. 

Originally characteristic dome geometry of a 

filament wound vessel was chosen. As already 

presented in Fig. 4, the fiber angles differ strongly 

depending on the used production process. To fulfill 

the braiding process’s fiber angle characteristic a 

prolonged contour shape was chosen.  

After various iterations, the maximum tension in the 

fibers could be decreased to a level beneath the 

failure tension. This was achieved without adding 

any further laminate layers. The contour shape was 

then closer to a circular contour. 

Figure 6 shows the modified dome contour that is 

used in order to design a braided pressure vessel, 

which is able to withstand pressures similar to 

filament wound vessels, whilst having an equal 

weight. 

 

Gravimetric and storage density were used to 

compare the vessel. This was necessary due to the 

different geometries of the domes, thus being able 

to set a relation between different resulting volume 

and the weight resulting from the amount of carbon 

composite used. 

The storage density showed slightly better results 

for the braided pressure vessels in comparison to 

the filament wound pressure vessels. Focusing on 

the processes itself, in braiding a multitude of fibers 

can be guided onto the core simultaneously. The 

braiding machine used at ITA braids 144 fiber 

strands simultaneously, compared to four to ten 

rovings or tows that are wound in a standard 

filament winding process. This results in a lower 

machine occupation time. 
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Fig. 7. Tension in fiber direction under pressure 

5 Discussion 

Lightweight pressure vessels made from carbon 

fiber reinforced materials can be used for hydrogen 

storage in automotive applications. Nowadays these 

vessels are produced through filament winding.  

The presented results show, that braiding is a 

reasonable alternative approach to filament winding. 

A concept has been developed to simulate a braided 

pressure vessel, analog to well known and 

established design procedures of a filament wound 

vessel. 

Important parameters for the design and simulation 

are machine parameters, fiber properties and vessels 

geometry. The differences in the production process 

lead to diverse fiber angles. These fiber angles are 

used as an input for the finite element simulation.  

Fibers mainly take up loads in their longitudinal 

direction. Hence the aim was to adapt the fiber 

angle to the load direction as much as possible. The 

research showed that the dome contours for braided 

pressure vessel have to be adapted to the process for 

being able to take the loads.  

The simulation shows that braided vessels can 

compete to filament wound vessels considering 

material usage as well as storage density. A shorter 

production time is an advantage for braided vessels.  

The work in this paper presents how modeling 

techniques from filament wound pressure vessels 

can be transferred to braided structures. It also 

underlines that the braiding process is a highly 

potential alternative to filament winding of high-

pressure vessels. 

Each fiber roving on its own is slower fed to the 

mandrel in the braiding process. However in 

braiding multiple fiber strands are braided 

simultaneously. The machine considered for the 

process braids up to 144 fiber strands at the same 

time, whereas in filament winding usually only up 

to 10 strands are deposited in parallel. This results 

in an estimated decrease of production time of up to 

30%.
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Fig. 8. Overview of the research project structure 

 
Not only the laminate has to be adjusted to meet the 

expected pressure, but also the shape in the dome 

region.  

Filament wound pressure vessel show a 

progressively increasing fiber angle towards the 

dome end. A braided structure has the opposite 

tendency. This results in a dome shape that must 

decrease less fast in its diameter. The final shape is 

closer to a circular shape.  

A final comparison between storage densities of 

filament wound and braided pressure vessels 

showed a slight advantage towards the braided 

production approach. However, this result depends 

on the assumed fiber strength translation efficiency 

for the braided structure that has to be verified by 

experiments. 

The open questions from the simulation will be 

addressed in further research as depicted in Fig. 8. 

The assumed fiber paths for the simulation were 

based on an analytical formula. Real braiding 

parameters differ from this theoretical assumption. 

These fiber paths will be examined in tests on a 

braiding machine. Furthermore data from a detailed 

process simulation for the braiding process will be 

used as input for the structural simulation. Material 

tests will be performed on characteristic braiding 

structures to determine the laminate properties. 

With that information an extensive lightweight 

optimization of dome contour shape and laminate 

structure can be carried out. Finally a full-scale 

demonstrator will be produced. 

Process simulation

Structural simulation

Process parameter
Material parameter
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1. General Introduction  

Carbon fibre reinforced polymers (CFRPs) offer 
superior properties for structural applications, 
including high specific stiffness and strength, good 
fatigue behaviour, and excellent corrosion resistance 
[1].  However there are also reliability issues with 
CFRPs which revolve around the nature and 
progression of damage within them [2]. 

Fibre failure is the critical damage mechanism for 
composites loaded in tension, as the strength of the 
axially loaded unidirectional composite is dominated 
by fibre strength.  The progression from a single 
fibre break, to multiple breaks, and ultimately final 
failure is yet to be fully understood and quantified, 
particularly within commercially produced 
composites.   

The difficulty in predicting failure arises from the 
multiple interacting failure mechanisms occurring in 
three dimensions [3].  The changes in damage state 
during failure, and how these relate to changes in the 
material response, need to be accurately represented 
by failure models [4].  Currently the experimental 
evidence to corroborate the assumptions 
underpinning the models is limited, meaning they 
remain unvalidated.  We aim to link experimental 
results to simulation tools, thus the results will 
provide physical validation for the selection and 
calibration of fibre break models. 

High resolution synchrotron radiation computed 
tomography (SRCT) enables a physical insight into 
composite failure processes, allowing fibre breaks to 
be identified and quantified in three dimensions. The 
aim of the paper is then to use SRCT to quantify the 
microstructure, micromechanical features, and 
failure mechanisms of CFRPs under tensile loading 
in three dimensions.  The coupling of SRCT and in-
situ loading permits analysis of damage progression  

 

in bulk specimens, which are representative of 
commercially available systems. 

The focus of the present work is to show how fibre 
break accumulation under tensile load, varies 
between commercially representative CFRP 
systems.  The variation in break density and the rate 
of break accumulation as a function of fibre stress is 
analysed.  Particular attention is focused on the 
formation of clusters of broken fibres, as the 
development of a critical number of closely-spaced 
fibre breaks is often assumed to be the strength-
defining failure event [5, 6].  An analysis of the 
differing cluster sizes, shapes and percentages, with 
respect to the material systems has been undertaken.  
The results give a unique physical insight into the 
composite failure process, enabling the variation in 
fibre break and clustering parameters to be 
quantified. 

 

2. Methodology 

Six material systems were investigated, and the 
results compared to those from a similar system 
(IMC/M1) [7]. The exact constituents and properties 
are proprietary, so the values have been normalised, 
to provide an indication of the relative values across 
the fibres, matrices and composite, as shown in 
Table 1. 

The specimens were 4mm wide double-notched 
coupons, which were cut using water-jet cutting.  
Previous research has shown that no significant 
damage is induced by the cutting process [8].  
Aluminium tabs were bonded to the coupon ends to 
enable loading, and reduce the stress concentrations 
at the loading ends.  Ten specimens from each plate 
were tensile tested to determine the nominal failure 
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load of each system.  The specimens were 
incrementally loaded in situ up to eight percentages 
of nominal failure load.  A description of the rig, 
which is shown in figure 1, and the testing 
methodology is provided in Wright et al [9].   

All coupons except IMB/T and IMB/UT were taken 
to eight increments of nominal failure load 
(10,70,80,90,95,98,100,105%) with scans at each 
step.  Due to time constraints IMB/T and IMB/UT 
could only be taken to five increments (10, 75, 93, 
98, 100%).  As only nominal failure loads are 
known, and because of the stochastic nature of 
fibres, some specimens failed at lower load steps 
resulting in fewer scans for analysis; this was 
particularly true for IMD/M1 and IMB/T where the 
highest load steps achieved were 87% and 82% 
respectively.  

Tomographic x-ray scans were undertaken on the 
TOMCAT beamline at the Swiss Light Source 
(SLS), Paul Scherrer Institut, Villigen, Switzerland.  
A resolution of 0.6 µm was used, with a detector size 
of 2560 x 2160 pixels.  A propagation distance of 
30mm allowed a degree of near-field Fresnel edge 
enhancement, which makes it easier to identify 
individual fibre breaks.   

Reconstruction was undertaken using in-house 
software at the SLS, and break analysis was 
performed using VG-Studio™.  Breaks were 
identified through visual inspection of the data files, 
inspecting at least two orthogonal planes to ensure 
accuracy, and extracted from the bulk composite.  
An example break in two orthogonal views is shown 
in figure 2.  The volumes analysed ranged between 
approximately 0.15 and 0.3mm3, which represents 
8,000 – 14,000 fibres in the 0° plies.  An example of 
the analysed volume is shown in figure 2, in which 
delaminations, matrix cracks and fibre breaks can all 
clearly be seen. 

 

3. Analysis 

3.1 Calculation of Fibre Stress 

The variations in specimen cross-section and fibre 
volume fraction both need to be accounted for when 
calculating the stress in the 0° ply fibres.  Due to 
delaminations, the 0° and 90° plies become 
decoupled; hence we assume that the 90° plies carry 

no load.  The fibre stress was calculated using the 
rule of mixtures for a nominal 0° ply area, as defined 
in figure 3.  Microscopy was used to accurately 
determine the fibre diameters, as SRCT images give 
good fibre counts, but relatively poor fibre cross-
sectional area measurements due to the resolution of 
the images. 

A plot of the fibre stress at each analysed load step is 
shown in figure 5.  Whilst the majority of specimens 
lie on a middle band, IMB/T and IMB/UT lie above 
it, whilst IMD/M1 lies below.  This means that 
fibres in IMD/M1 experience higher fibre stresses at 
the comparative load steps.  This may be due to 
IMD/M1 having a noticeably low volume fraction, 
due to very large resin rich regions. 

 

3.2 Fibre Break Accumulation 

The fibre break density (breaks/mm3) as a function 
of fibre stress is shown in figure 6.  IME/M2 is not 
included as it has no other specimen to compare to.  
The IMA specimens (T and UT) lie on the same line, 
as do the IMB specimens (T and UT); however 
IMC/M1 and IMD/M1 do not.  This implies that the 
matrix, and in particular, the presence of toughening 
particles does little to influence break accumulation.   

IMD/M1 sits below the curve, which implies it 
accumulates breaks at the later stages of loading.  It 
can be seen that specimens with fibre IMA sit on the 
top side of the curve, i.e. more breaks occur in the 
early stages of loading.  IMA, the strongest fibre, 
also accumulated breaks at lower fibre stress values, 
highlighting the stochastic nature of fibre strengths. 

IMB/T and IMB/UT had very high break densities at 
their respective highest load steps of 82% and 98%.  
This suggests that the fibre is more susceptible to 
breaking; however this does not appear to have a 
detrimental effect on composite strength, as 
specimens made with IMB fibres had the highest 
UTS, despite containing average strength fibres. 

 

3.3 Cluster Shapes 

The occurrence of fibre break clusters indicates the 
role of load sharing in the accumulation of damage.  
In the present work a cluster is defined as two or 
more breaks in neighbouring fibres, separated 
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axially by less than the fibre’s ineffective length [7].  
The literature indicates that cluster formation is 
dependent on the stress concentration, which in turn 
is dependent on material properties [10, 11].  Co-
planar clusters are more likely to form in fibres with 
a high Weibull modulus, or stronger, more elastic 
matrices [10, 11].  Cluster shapes will also be 
dependent on the fibre/matrix adhesion; a stronger 
interface will result in co-planar clusters [12].  As 
the sizing/adhesion properties are not known, we are 
not able to take into account the role of sizing on 
cluster formation. 

Two different cluster patterns have been identified 
and are shown in figure 4, where (a) shows a co-
planar cluster and (b) shows a diffuse cluster.  Co-
planar breaks are defined as collections of breaks 
with an axial separation of less than a couple of 
microns. 

Scott found pre-preg, autoclave cured IMC/M1 
specimens had co-planar clusters of up to 14 breaks 
[13].  All current specimens contained co-planar 
breaks, except for IMB/UT where the majority 
(87%) of clusters were diffuse.  The occurrence of 
co-planar and diffuse clusters in different systems 
with the same manufacturing process indicates that 
cluster patterns are not solely dependent on the 
manufacturing route. The patterns suggest 
differences in load transfer mechanisms: co-planar 
clustering implies little-to-no debonding and hence a 
strong interface.   

 

3.4 Cluster Percentage 

The clusters were analysed using the clustering code 
described in [7].  The cluster percentage (CP) has 
then been calculated as: 

CP =   
Number of breaks in clusters

Total number of breaks
  ×100   

Figure 7 shows the cluster percentage in the flat 
plate specimens.  Here the total number of breaks in 
an i-plet is accounted for, therefore one 2-plet 
contributes two breaks to the overall break count.  
This allows the contribution of i-plets to the total 
number of breaks to be accounted for; otherwise a 
large percentage of breaks are not considered.   

The results indicated that IMC/M1 and IME/M2, the 
fibres with the highest known Weibull values, were 
most susceptible to clustering, with a cluster 
percentage of up to 50%.  IMA/T and IMA/UT, the 
fibres with the lowest Weibull values, were least 
susceptible with a cluster percentage up to 20% but 
as low as 0.  The presence of toughening particles 
did not alter the cluster percentage.  Across the 
current systems, the cluster size ranged from a 3-plet 
to a 7-plet, compared to the 14-plet found in 
IMC/M1 [7].   

The percentage of breaks in clusters vs. the fibre 
break density for each of the systems has been 
plotted.  From figure 8 it can be seen that there are 
three main groups of clustering data which have 
been grouped into similar fibre strengths.  For both 
IMA (dashed line) and IMB (solid line), the 
presence of toughening particles does not make a 
difference to the cluster percentage.  However it can 
be seen that the higher strength fibres, IMA, IMD 
(un-circled) and IMB, have lower clustering 
percentages than the lower strength fibres IMC and 
IME (dotted line).  

No correlation was found between the overall cluster 
percentage and load, or cluster percentage and 
overall fibre break density.  However the largest 
individual clusters sizes in each material system 
were found at the highest load levels.  Overall it was 
found that fibres IMD and IMA were much less 
susceptible to clustering than the other three fibre 
types.  IMB had both a high fibre break density and 
a high cluster percentage, indicating that the fibre 
fractured more frequently than the other fibres at a 
given load.   

The composite with fibre IMA (the strongest fibre) 
had the lowest average cluster percentage, however 
the composite failure stress does not reflect this, as it 
is one of the lowest.  Thus there is a need to 
understand the interaction between fibre/matrix 
constituents, and the failure mechanisms behind 
composites when designing structures. 

 

3.5 Cluster tracking 

In-situ loading enables the damage progression and 
the accumulation of clusters to be monitored and 
quantified.  The methodology allows specific 
clusters to be identified in sequential data sets to 
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determine whether clusters grow incrementally or 
form within one load step.  This will provide data 
relating to whether cluster accumulation is dynamic 
or quasi-static. 

Initial analysis has found that most clusters, 
(upwards of 90%), do not grow in between load 
steps.  This means that clusters form at a certain 
load, and then stay the same size, suggesting a 
dynamic process.  Cluster growth was found in 
IMB/UT and IME/M2, in which 22% and 2% of 
clusters grew.  As IMB/T only had one data point, it 
has so far not been possible to analyse whether 
clusters grow in the specimen 

So far no correlations have been found between 
cluster growth and specimen type.  Further testing is 
needed as the load steps may have been too large to 
capture the incremental growth.  To account for this, 
further in situ testing at smaller load increments, or 
hold at load tests may be needed.  Further analysis is 
needed to determine why only some clusters in the 
two systems grew.  This suggests that cluster growth 
is not just a function of load transfer, but also the 
local microstructure surrounding the cluster. 

 

4. Conclusions 

SRCT has been used to analyse the effects of fibre 
and matrix types on fibre break accumulation and 
clustering.  The fibre and matrix parameters have 
been shown to cause significant variations in the 
results.  IMB fibres had particularly high fibre break 
densities, accumulating at the higher load steps.  In 
contrast IMA fibres accumulated breaks at lower 
load steps, which suggested high fibre strength 
variability.    

The relatively poor performance of composites 
containing IMA fibres highlights the need to 
quantify the effects of multiple parameters and 
micromechanical features, and the roles they play in 
damage accumulation and final failure.  IMA is the 
strongest fibre, yet did not result in the strongest 
composite. 

All specimens showed co-planar clusters apart from 
IMB/UT, which exhibited diffuse clusters. This 
indicates that clustering type is not solely a function 
of manufacturing.  IMB appeared more susceptible 
to both fracture and clustering; whilst low Weibull 
moduli fibres, IMA and IMD, were less susceptible 
to clustering.  Initial results found that clusters do 
not grow with load, suggesting a dynamic process.   

Overall the paper highlights the need to understand 
in greater detail the interaction between constituents 
and composite failure mechanisms when designing a 
structure.  Further analysis is needed to determine 
the effects of local micromechanical features, such 
as voids or fibre volume fraction variation.  The 
work illustrates the power of high resolution SRCT 
to obtain previously unobtainable data sets for the 
failure mechanisms of composite materials.   
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Tables and Figures 

 

Fibre Matrix	   Composite 
Type UTS Modulus Weibull Type Modulus UTS 

IMC [3] 1 1 6 M1 1 0.44 
IMD 1.2 1.29 4.4 M1 1 0.48 
IME 1.16 1.2 5.57 M2 3.73 0.76 
IMA 1.24 1.32 5.2 Toughened (T) 

3.57 

0.4 
IMA Untoughened (UT) 0.51 
IMB 1.16 1.26 6.32 Toughened (T) 1.04 
IMB Untoughened (UT) 1.10 

Table 1: Summary of the material system parameters, with normalised values 
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Figure 1 Schematic of the tensile loading rig [8] 

 

 

Figure 2: Partial slice of IMB/UT at 98% of failure load; 
fibre breaks are circled, and arrows indicate a 

delamination and a matrix crack. 

 

Figure 3 Definition of the sampling area used to determine 
the nominal fibre stress. 

 

 

 

Figure 4: Example of (a) co-planar and (b) diffuse clusters 

2000µm 

(a) 

(b) 

15µm 

15µm 
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Figure 5 Graph of the applied load (N) and the resulting fibre stress for each specimen 

 

 
Figure 6 Graph of the fibre break densities as a function of fibre stress 
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Figure 7 Cluster percentage for a) IMD/M1 and IMC/M1, b) IME/M2, where the % of final failure stress is indicated 

	  
	  

	  

	   	  
Figure 7 Cluster percentage for c) IMA/T and IMA/UT, and d) IMB/T and IMB/UT, where the % of final failure 

stress is indicated 

0%	  

10%	  

20%	  

30%	  

40%	  

50%	  

60%	  

70%	  

80%	  

90%	  

100%	  
IM

D/
M
1_
77
	  

IM
D/
M
1_
87
	  

IM
C/
M
1_
64
	  

IM
C/
M
1_
70
	  

IM
C/
M
1_
80
	  

IM
C/
M
1_
85
	  

IM
C/
M
1_
88
	  

IM
C/
M
1_
94
	  

Pe
rc
en

ta
ge
	  o
f	  B

re
ak
s	  	   14-‐plet	  

8-‐plet	  

6-‐plet	  

4-‐plet	  

3-‐plet	  

2-‐plet	  

1-‐plet	  

0%	  

10%	  

20%	  

30%	  

40%	  

50%	  

60%	  

70%	  

80%	  

90%	  

100%	  

IM
E/
M
2_
67
	  

IM
E/
M
2_
75
	  

IM
E/
M
2_
85
	  

IM
E/
M
2_
90
	  

IM
E/
M
2_
93
	  

Pe
rc
en

ta
ge
	  o
f	  B

re
ak
s	  

6-‐plet	  

4-‐plet	  

3-‐plet	  

2-‐plet	  

1-‐plet	  

0%	  

10%	  

20%	  

30%	  

40%	  

50%	  

60%	  

70%	  

80%	  

90%	  

100%	  

IM
A/
T_
67
	  

IM
A/
T_
78
	  

IM
A/
T_
87
	  

IM
A/
T_
92
	  

IM
A/
T_
98
	  

IM
A/
U
T_
81
	  

IM
A/
U
T_
91
	  

Pe
rc
en

ta
ge
	  o
f	  B

re
ak
s	  

4-‐plet	  

3-‐plet	  

2-‐plet	  

1-‐plet	  

0%	  

10%	  

20%	  

30%	  

40%	  

50%	  

60%	  

70%	  

80%	  

90%	  

100%	  

IM
B/
T_
82
	  

IM
B/
U
T_
76
	  

IM
B/
U
T_
93
	  

IM
B/
U
T_
98
	  

7-‐plet	  

6-‐plet	  

5-‐plet	  

4-‐plet	  

3-‐plet	  

2-‐plet	  

1-‐plet	  

ICCM19 6513



 
Figure 8 Graph showing the fibre break density vs. the percentage of breaks in clusters; the two encircling lines define 

fibres of similar strength. 
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1 Introduction  

Wind turbines are recognized as classic examples of 

structures where the operating lifetime of the 

structure is controlled by the fatigue properties of 
the material [1].  This is exacerbated by the 2D 

nature of the composite materials used in blade 

construction which are typically fabrics in a variety 
of formats (e.g. NCF, uniweave, woven). The 

formation of internal detailed shapes within the 

blade, allowing features such as spars, shear webs 

and other connections, inevitably requires these 2D 
material forms to be formed into 3D shapes. This 

introduces positions within the structure where load 

transfer occurs across regions with no fibre 
reinforcement. These weak areas would be natural  

positions for the initiation of fatigue damage that can 

occur well before fatigue damage would be expected 
in the basic material subject to simple in-plane 

loading.  

The aim of this study is to modify and improve 

the blade structure in order to extend the working 
life of blade and minimize geometry related fatigue 

problems. To achieve this goal  T-sections have been 

made as representative elements of the blade's Spar. 
T-sections have been manufactured from carbon or 

glass fabrics infused with epoxy resin which have 

been modified using different toughening 

techniques, such as the introduction of veil layers, 
tufting and the use of nano and rubber particle 

additives to the resin. The additional variables in 

samples include, the number of veil layers, the veil 
material.  

2 Materials and Method 

In this study, the T-joint has been used as a 
representative connection joint used between spar 

and skin in wind turbine blades. This connection and 

associated T-joint has been presented in figure 1. 

  
Figure 1: T-joint in real blade (left) and schematic of T-

joint (right). 

 
Composite T-joint specimens have manufactured 

using different materials as matrix and 

reinforcement fibres. Materials used for each of 
these parts have been presented in following 

sections.  

Matrix 
Two different resin systems have been used in 

this experiment, an unmodified epoxy resin and two 

particle modified epoxy resin systems. The 

unmodified epoxy resin is a system based on 
Araldite LY 564, and associated hardener used is 

XB 3486 which is a formulated amine. This epoxy 

system is low viscosity and high flexibility 

system[2]–[4]. The first modified epoxy resin used 
was Albipox 3001 which is a high performance 

elastomer-modified epoxy resin based on Bisphenol 

A/F epoxy resin. The elastomer used in this system 
was a special nitrile rubber chemically inked to 

epoxy resin. These elastomer regions were formed 

via phase separation during curing stage of resin. 
The second system used was Albopox F091, which 

is again a modified epoxy resin but with a 

combination of SiO2 nano particles and elastomer 

components. When cured a three phase system is 
formed consist of micron size elastic domains and 

nano sized hard domains in a continuous resin 

matrix. Detail of resins and hardeners used were 
presented in table 1. 
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 Table 1:Used Resins and Hardeners Data 

 

Reinforcement 

T-joint specimens were manufactured using a 

Vacuum Assisted Resin Transfer Molding method. 

Dry carbon or glass fabrics were laid up against an 
aluminum mould with a triangular cross section  in 

order to provide the necessary support for vertical 

part of sample. Details of fibres used have been 
presented in table 2. 

 
Table 2: Fibre Reinforcement Data 

 
These fibre reinforced composite specimens 

were categorized into the following three groups: 

plain woven carbon fabric specimens,  ±45° 
unwoven glass fabric specimens and, 3D woven 

glass fabric T-sections with layer to layer stitched 

and angle interlocked structures.  

 

Veil 

A major drawback in use of fibre reinforced 

composite materials is their poor interlaminar 
toughness under Mode-I and Mode-II loading. In 

practice this results cause the material to suffer in 

number of cases. Three dimensional sections such as 
T- or H-sections created from 2D layers inevitably 

have lines of weakness resulting in stress transfer 

problems in structures and early failure by 

delamination is such a case in wind turbine blades. 
Different interleaf materials have been developed 

and tested by researchers during recent years, these 

included non woven veils [5]–[9], thermoplastic 
films [10]–[13], thermo set films [14]–[17], and 

same resin interleafs [18][19]. These randomly 

oriented non-woven veil fibres improve the 

interlaminar fracture toughness of material. The 

migration of these fibres from the interlayer position 
into the upper and lower fabric plies during the 

infusion and curing process provides them with the 

ability to improve composite interlaminar toughness 
via fibre bridging mechanism. This mechanism, 

especially in Mode-I is well known and well 

reported in the literature [20]–[22]. 

Three different types of non-woven randomly 
oriented interleaf veils have been used in this study. 

Veil layers used in T-joints in flange-skin interface 

and in web between the two vertical parts of web. 
Table 3 listed veil materials used in this experiment. 

 
Table 3: Veil Materials used in Experiment 

Code Material Thickness Areal Weight Fibre Diameter 

  (mm) (gsm) (μm) 

PA Polyamide 0.194 28 12 

PE Polyester 0.055 12 15 

C Carbon 0.007 10 7 

  

 SEM images of three veil materials used in 

this experiment have been presented in figure2.  
Random orientation of fibres in the veil materials is 

clear. 

 

   
Polyamide Polyester Carbon 

Figure 2: SEM Images of Veil Materials 

 

After laying-down the fabrics, specimens were 

impregnated with resin using vacuum assisted resin 

transfer moulding (VARTM) method and then cured 

in anoven. A schematic of the VARTM and finished 
product is presented in figure 3. 

 

 

Cured composite specimens have been cut into 

an appropriate sample size and painted on the side 

for crack propagation monitoring purpose.  

  
Figure 3: Schematic of T-joints 
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Specimen widths for carbon fibre reinforced 

specimens were 25mm and for glass fibre reinforced 

specimens they were 50mm. 
An Instron 5582 100kN electromechanical machine 

was used to examine T-joint specimens subjected to 

a pull-off test. A 40% drop in tensile load or crack 
length of 25mm on each side of the sample have 

been set as test failure criteria. 

In order to improve interlaminar fracture behavior of 

specimens, they have been modified using different 
methods.   

Carbon fibre samples modified by use of different 

interlaminar veils (i.e. carbon, polyester and 
polyamide) or different epoxy resins are listed in 

table 1. Glass fibre specimens were modified by 

addition of polyester or polyamide veils, tufting with 
Kevlar yarn, or weaving structure as a 3D structure. 

The effect of these toughening methods on the T-

joint structure have been studied. 

 

3 Results and Discussion 

Details of manufactured specimens were presented 

in table 4 and 5. 

Table 4: Carbon T-joint specimen specifications 

Code matrix weave Fibre Architecture Toughe
ning 

I-0 LY564 Plain [plain]10 N/A 

I-C-1 LY564 Plain Web:[plain]10 

Flange:[Plain]5[C] [Plain]5 

Carbon 
Veil 

I-C-2 LY564 Plain web:[Plain]5[C]2 [Plain]5 

Flange:[Plain]5[C]2 [Plain]5 
Carbon 
Veil 

I-PE-1 LY564 Plain Web:[plain]10 

Flange:[Plain]5[PE] [Plain]5 

Polyest
er veil 

I-PE-2 LY564 Plain web:[Plain]5[PE]2 [Plain]5 

Flange:[Plain]5[PE]2 [Plain]5 
Polyest
er veil 

I-PA-1 LY564 Plain Web:[plain]10 

Flange:[Plain]5[PA] [Plain]5 

Polyami
de veil 

F091 Albipox 
F091 

Plain [plain]10 Nano 
SiO2 

3001 Albipox 
3001 

Plain [plain]10 Rubber 
Domain 

 

 

Specimens have been subjected to pull-off load and 
their failure stress and deflection have been 

measured. The results were compared in order to 

define effectiveness of different toughening 

methods. A typical load-extension curve obtained 
from test is as follow. 

Table 5: Glass T-joint Specimen Specifications 
 

Code matrix weave Fibre Architecture Toughe
ning 

Base LY564 Not 
woven 

Web: [±45]10 

Flange: [±45]10[0]5 

N/A 

PA LY564 Not 
woven 

Web: [±45]10 

Flange: [±45]5[PA][±45]5[0]5 

Polyami
de veil 

PE LY564 Not 
woven 

Web: [±45]10 

Flange: [±45]5[PE][±45]5[0]5 

Polyest
er  veil 

Tufted LY564 Not 
woven 

Web: [±45]10 

Flange: [±45]10[0]5 

Tufting 
(Skin-

Flange) 

 

 
 

 
Figure 4: Typical Pull-Out test Graph 

 

As seen in figure 4, the pull-off curve has different 
stages and after the start of the test a few small drops 

were recorded in load. These drops are related to 

initiation of cracks around delta fillet of joint. 

Initiation and propagation continues on until the 
crack length reaches a critical value. A sudden drop 

in the load curve marks the propagation of a major 

crack which ultimately led to failure of structure. 
After this initial drop, depending on type of 

specimen, different behaviors were recorded.  

In order to compare test results efficiently, load 
results have been normalised to surface area of the 

web part of T-joint were load has been applied . 

Normalisation plane has been highlighted in figure 

3. 

3-1 Carbon Fibre Reinforced T-joints 

 In this section the pull-off tests results of carbon 

fibre composite T-joints are presented.  
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Figure 5: Studying effect of veils on pull-off of carbon 

specimens 
 

Figure 5 shows an improvement in pull-off test 

results due to the addition of a veil interlayer. 

Specimens containing Polyamide veils showed the 

highest normalised load to failure, followed by 
specimens containing polyester veils with specimens 

with carbon veils exhibiting the poorest properties. 

The general effect of adding non-woven veil layers 
to T-joint specimens were to significantly increase 

the stress to failure of the structure compared to the 

control sample which did not contain any veil 
material.  

 
Figure 6: Addition of veils layer to web part of T-joint 

  
The reason for such behavior can be related to fact 

that, during the resin infusion stage, veils are form a 

distinct reinforced tough layer between two surfaces 

and, hence constituted a tough bond line. The 
toughness in this layer is potentially  derived  from  

a  variety  of deformation mechanisms involving 

bridging and plastic yield of the thermoplastic fibres 
[23], which potentially can increase the fracture 

toughness of material.  

However, the differences recorded from the use of 

different veil materials may also be related to 
differences between the strength of the bond 

between the veil materials and resin in each case. 

In next part of this study, effect of reinforcing the 
web interface in addition to reinforcing flange 

interface, using veil material, were studied(figure 6). 

Figure 7 shows the normalised load-extension 

curves of T-joints containing different number of 

veil materials.  
 

 
Figure 7: Effect of addition of veil to T-joint Web 

 

As showed in figure 7, adding interlayer veil 

between two parts of T-joint web increased load to 
failure of T-joint specimen comparing to having veil 

only between flange and skin which the actual 

failure happens. Detailed inspection of specimen 
during test revealed that crack propagation first 

happens in the web part of sample and then it starts 

in flange and skin interface. However, when 
horizontal crack propagation starts, vertical crack 

propagation slows down severely. By addition of 

veil layer to the web section of the sample, 

interlaminar fracture toughness of web increases and 
therefore crack initiation and propagation delayed. 

As a result failure strength of the specimen increases 

by addition of second layer of veil. Studies showed 
that mechanism involved to increase failure strength 

of specimen were remain same as for one veil layer 

specimen, and is crack bridging by veil fibres (figure 

8). 
 

 
Figure 8: Bridged veil fibres between two crack surfaces 

ICCM19 6518



 

5  

Figure 9: Effect of Different Resin systems on Pull-Out 

strength of T-joints 
 

Figure 9 shows pull-off curves for T-specimens 

infused with different resins. As showed sample 

infused with modified epoxy resin containing 
elastomer regions shows the highest pull-out 

strength comparing to unmodified epoxy resin and 

resin containing nano particles plus elastomer 
regions. 

In samples containing elastomer regions and 

samples with nano particles, cavitation of the rubber 
particles, followed by the formation of the shear-

yielded  zone around the propagated crack can help 

to increase the fracture strength of the specimen 

[24], in addition mechanisms like crack deflection 
when the crack front encounters the particles or 

micro cracks around the particles can also play 

positive role to increasing the overall fracture 
toughness of the material [25][26]. 

 
Figure 10: Normalised load vs. Deflection of all Carbon 

Fabric Composite T-joints 

 

Comparison of normalised load to failure and failure 
deflection of all modified T-joint specimens were 

presented in figure 10. It can be found that specimen 

infused with elastomer modified epoxy resin has 

highest normalised load to failure among carbon T-

joints. However, the disadvantage of using such 
resin system is high viscosity of resin which makes 

infusion by VARTM nearly impossible. To reduce 

resin viscosity, the resin and mould should be 
preheating which for structures in scale of wind 

turbine blade is very complex and costly process.    

 

 

3-2 Glass Fibre Reinforced T-joints 

 

 
Figure 11: Load-Displacement curves of different Glass 

fibre composites (specimen coding presented in table 5) 

Figure 11 shows typical curves for different glass 

fabric composite T-joints. Comparing graphs of the 
base sample and PA veil toughened sample shows 

that there is no significant improvement gained by 

addition of the polyamide veil layer. This may have 
two reasons: 1- the bond between the veil fibres and 

matrix was weak which leads to very low or no 

crack bridging or 2- the bond was too strong which 
caused the crack to deflect from the layer containing 

veil material and across into another layer. In order 

to confirm the mechanism involved, SEM 

examination on fracture surface of T-joint specimen 
was performed . 

Figure 12: SEM Images of Fracture Surface of T-joint 

Containing Polyamide Veil 
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The study of SEM images in figure 12 confirms the 

cross ply translation of the crack and the bypassing 

of the interface adjacent to the veil. As showed in 
figure 11 (a) no veil fibres were spotted on fracture 

surfaces however, closer inspection of surface in 

figure 11 (b) shows veil material in the ply which 
crack went through it to the next layer down, with a 

lower fracture toughness. 

 

As showed in figure 11, T-joint specimens 
containing polyester veils perform quite well in pull-

off tests. The initial small drops in load before 

reaching maximum load value are due to crack 
initiation and the next drop is caused by initial 

propagation of crack which is then arrested by 

bridging of veil fibres. This cycle starts again with 
an increase in load and the sequence will repeat until 

the crack length reaches a critical value and cause 

sample failure. 

 

 
Figure 13: SEM image of fracture surface of sample 

containing Polyester veil 

 

Evidence for bridged veil fibres is shown in the 

SEM image of the fracture surface presented in 
figure 13. The white arrows indicate the remains of 

veil fibres or places where the veil fibres have been 

pulled out.  

In tufted specimens, Kevlar yarn has been 
introduced in through thickness direction of base 

sample in order to add reinforcement in direction of 

load under pull-off test. Looking at result of tufted 
specimen in figure 11, drops in the load level were 

recorded after the specimen reaches the maximum 

normalised load value. These drops are related to 

failure of tuft lines in the specimen. at the first drop, 
the crack propagates until it reaches first tuft line, 

where propagation stops and load starts to increase 

again. Load increase carries on until reaches tensile 
strength of Kevlar tuft yarn and failure of tuft is then 

been marked by drop in load. These sequence carries 

on for all three tuft lines in specimen. These lines 

have been mark by three drops of load in sample's 
curve. 

The concept behind the use tufting technique is 

to introduce a third direction yarn that can carry out 
of plane load. These z-binders are used to increase 

post-impact mechanical properties, impact damage 

resistance, and  delamination resistance of composite 

laminates [27]. The main toughening mechanism is 
crack bridging by the through-thickness binder 

yarns/stitches [28].  However, there are 

disadvantages associated with tufting. One of which 
is fibre damage caused by needle penetration 

through fabric layers during the tufting process. This 

damage includes broken fibre and resin rich areas 
which can reduce in-plane properties of the 

composite. Figure 14 shows one of these damaged 

areas in an SEM image of the fracture surface of 

specimen. Broken fibres reduces the number of 
fibres with the ability of carrying load and resin 

reach area is a weak area and potential location for 

crack initiation.   
 

 

 

 
  

 

 

 

Figure 14: SEM image of fracture surface of tufted 

specimen. Failed tuft line has been highlighted 
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Figure 15: Normalised failure load and deflection of 

different glass fabric T-sections. 

 Conclusion 

We found that in carbon specimens, rubber modified 
epoxy resin has the highest normalised load to 

failure. However the high viscosity of such modified 

resins cause manufacturing problems for large scale 

structures such as wind turbine blades. For this 
reason veil modified structures were identified as  a 

preferred method. 

For glass fibre specimens Polyester interlayer veil 

showed the best performance. Tufted T-joints have 

also showed promising results and would be a very 
good option for manufacturers as applying tuft on 

preforms would ease the handling of fibres.  
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1 Introduction  
With the on-going development of high temperature 
resins, polymer matrix textile composites are 
increasingly used in hot zones, such as aircraft 
engines. Specifically, textile composites can be 
tailored for specific applications by carefully 
choosing the fabric type (e.g. woven, braided, 
knitted, etc.) or parameters (e.g. volume fraction, 
yarns architecture, etc.) to meet loading and 
environmental conditions. Depending on the loading 
direction, test temperature and the textile 
architecture, the ultimate strength may change when 
compared to that at room temperature. Additionally, 
long exposures to high temperature, even without 
loading, can cause degradation in the matrix system 
due to aging [1]. This phenomenon can further 
decrease the mechanical strength of the composite 
material. The aim of this study is to understand the 
influence of temperature and aging on the failure of 
braided composites, based on experimental data as 
well as analytical methods. The first step was the 
characterization of the composite material using 
experimental work as well as analytical 
homogenization. In the second step, an experimental 
protocol was developed to evaluate the influence of 
temperature and aging on the behavior of the 

composite material. Finally, an analysis of the 
results was preformed to understand the impact of 
time and temperature on the mechanical properties.  
 
2 Elastic properties of the composite  
2.1 Characterization of the composite material  
 The first step needed to understand the mechanical 
behaviour of the composite is to properly describe 
its microstructure. The material studied is a triaxially 
braided composite embedded in a temperature 
resistant thermoset matrix. The composite panels 
were manufactured using a Resin Transfer Molding 
(RTM) technique. Yarns architecture was obtained 
using computed micro-tomography, as shown in 
Figure 1. Table 1 presents the dimensions obtained 
by the reconstructions of the 3D architecture of the 
braided composite. The data was then used to build a 
geometrical representation of the braided geometry, 
presented in Figure 2. As shown in the figure, 
direction 1 is along the red yarns, which will be 
defined as the 0° yarns.  Direction 2 is orthogonal to 
direction 1.  
The fibre volume fraction was evaluated to be 56% 
based on acid digestion tests, and the yarn packing 
factor was evaluated using image analysis of the 
polished surface of the yarns. An original picture 
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Fig. 1. Micro-tomography images of the triaxially braided textile composite. 
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was transformed into a biphasic image using a 
thresholding algorithm, and the pixels representing 
the fibres were counted and divided by the total 
number of pixels in the image. The packing factor, 
representing the volume fraction of the fibres inside 
the yarns, as well as the fibres and matrix properties, 
are required for predicting the yarns properties. The 
yarn-packing factor was evaluated to be 0.71. 
2.2 Analytical Homogenization 
Due to the presence of matrix inside the yarns, it is 
necessary to evaluate the yarn properties prior to 
evaluating the composite’s effective properties. An 
analytical homogenization is performed in this 
regard. Carbon fibres properties were obtained from 
manufacturer data and literature [2]. It should be 
noted that the polymer matrix exhibits viscoelastic 
response and these properties are that at the steady-
state. 
All the yarns and composite properties are 
normalized by the matrix properties at room 
temperature in the present paper. The yarns effective 
properties were evaluated according to the 
methodology of Chamis [3] as: 
 

𝐸!!! =  𝑘!𝐸!!! + 1 − 𝑘! 𝐸!           (1a) 
𝐸!!! = 𝐸!!! =

!!
!! !!(!!

!!
!!!!

)
             (1b) 

𝐺!!" =  𝐺!!" =
!!

!! !!(!!
!!
!!!"

)
            (1c) 

𝐺!!" =  
!!

!! !!(!!
!!
!!!"

)
                   (1d) 

𝜈!!" = 𝜈!!" =  𝑘!𝜈!!" + 1 − 𝑘! 𝜈!       (1e) 
𝜈!!" =

!!!!
! !!!"

− 1                       (1f) 

 
 

where subscript y refers to the yarns, kf is the 
packing factor, direction 1 is along the yarns axis 
while directions 2 and 3 oriented along the 
transverse directions. This model assumes that the 
yarns are transversely isotropic, as the carbon fibres. 
Yarns properties evaluated with Equation (1) are 
presented in Table 1.  
Gommers et al. [4] developed a methodology based 
on the Mori-Tanaka method to evaluate the 
mechanical properties of textile composites. In this 
approach, the yarns geometries are approximated by 
a series of “divided” inclusions, which are then used 
in inclusion-based homogenization models for 
computing the composite’s effective properties. The 
first step consists in defining inclusions that match 
the yarns geometry. In this work, the yarns cross-
sections were assumed to be elliptical. An ellipsoidal 
inclusion is defined by three characteristic 
dimensions a1, a2 and a3, as shown in Figure 3. For a 
prolate spheroid, a1 defines its characteristic length 
while a2 and a3 define its cross-section. Ratios a1/a2, 
a2/a3 and a1/a3 are used to compute Eshelby’s tensor 
S [5]. On the one hand, a2 and a3 represent the yarn’s 
cross-section. On the other hand, the choice of a1 is 
more difficult. In their work, Gommers et al. [4] set 
a1 as infinity for simulating yarns’ continuity. While 
this assumption makes sense for long and relatively 
straight yarns, it loses its validity as waviness 
increases for high volume fractions. In order to 
correct this shortcoming, Huysman et al. [6] 
proposed taking into account the yarn curvature by 
decreasing the aspect ratio with the following 
equation: 

𝑎! = 𝜆 !
!!

                                (2) 

where 𝜆 is the yarn’s local curvature radius and 𝑘 is 
a calibration factor. In their paper, Huysman et al. 
[6] set 𝑘 = 𝜋.  The specific yarns arrangement is 
then described with a discrete Orientation 
Distribution Function (ODF). This function is 
obtained by computing the probability to find each 
of the inclusions oriented according to specific 
values of 𝜙, 𝜃 . For example, if the yarns are 
divided into 20 ellipsoidal inclusions and if there is 
only one inclusion oriented according to 𝜙 =
5°, 𝜃 = 88° , then 𝜙 = 5° , 𝜃 = 88° = 1/
20. The homogenized response is then evaluated 
following the equations:  
 

𝑫 = (𝑪! − 𝑪!):𝑨                        (3a) 
Fig. 2 Architecture of the braided textile composite 
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𝐶!"#$ = 𝐶!,!"#$ +
!
!
𝑎!"𝑎!"𝑎!"𝑎!"𝐷!"#$!

!!!      (3b)                                     
where 𝐶!"#$  is the composite’s predicted stiffness 
tensor, 𝑨 is the so-called 4th order strain localization 
tensor, 𝜌  the volume fraction of the reinforcing 
phase, 𝑪!  the stiffness of the yarns and  𝑪!  the 
stiffness of the matrix. According to the Mori-
Tanaka method, the strain localization tensor 𝑨 is 
given by [7]:  

𝑨 = 𝑻 𝜌!𝑰 +   𝜌!𝑻 !!                   (4a) 
𝑻 =  𝑰 + 𝑺:𝑪!!!(𝑪! − 𝑪!)               (4b) 

 
where 𝜌! is the matrix volume fraction, 𝑺  the 
Eshelby tensor and 𝑰 the identity matrix.  
Table 2 presents the results of analytical 
homogenization and comparisons between analytical 
homogenization and experimental results at 25°C 
and 225°C. It can be seen that the Mori-Tanaka 
method delivers more accurate predictions of 
experimental results when compared to the rule of 
mixture, and takes into account the decrease of 
modulus of the matrix at high temperature, which in 
turn affects the modulus of the composite in both 
directions. 
Three samples cut in direction 1 were tested at 
225°C to evaluate the viscoelastic behavior. Creep 
loads were applied for 20 minutes, followed by 
recovery periods of 40 minutes. The creep response 
of the material was negligible. However, there was a 
relative decrease of 6% in average of the stiffness of 
the studied composite when the temperature was 
raised from 25 °C to 225°C. 
 

3  High temperature testing   
A triaxially braided (0/±60°) composite material 
with temperature resistant matrix systems and a 
service temperature of 225°C was selected to 
perform tensile tests at different temperatures. The 
samples were cut in two directions to observe the 
influence of the loading direction coupled with 
temperature. Direction 1 is aligned with the warp 
yarns (0°), while direction 2 is transverse to 
direction 1, as displayed in Figure 2. 
The samples were tested in accordance with the 
ASTM D3039 [8] standard for tensile tests of 
composite materials. The tested sample dimensions 
were 165mm x 25.4mm, which was higher than the 
minimal required length in the standard. Specimens 
were tested with and without tabs, to verify the need 
for tabs. There was no change in the failure 
mechanisms and ultimate strength, and no gripping 
induced failure was observed. For the rest of the 
study, the tabs were removed. The ratio of specimen 
width to unit cell width was 2.24:1, in accordance 
with ASTM D6856 [9]. 
The specimens were tested in an MTS Insight 
electromechanical testing machine with an 
environmental chamber. Mechanical grips were used 
for both room temperature and high temperature 
tests. The environmental chamber setup was selected 
to ensure temperature uniformity over the setup. WK 
type strain gages with a gage length of 12.7 mm 
were used, so that the gage length was longer than 
the unit cell. During the tensile tests, the specimens 
were loaded at a speed of 2 mm/min. 
In order to evaluate the damage development during 

Fig. 3 The geometry of an inclusion is described by three characteristic lengths a1, a2 and a3 and its 
orientation by Euler angles.   
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testing, edge replication was performed on some of 
the tested samples. Edge replication is an established 
technique used to track cracks in metallography, 
using replicating film and acetone, or some other 
precision impression material [10]. While using edge 
replication, the sample is kept in the testing 
apparatus. Also, edge replication is a non-destructive 
characterization technique. In this work, 
Vinylpolysiloxane was used to create the replicas, 
for its ease of use when compared to replicating film 
and acetone. At room temperature, the test was 
paused at various loads in order to perform the 
replication. At high temperature, the test was paused 
and the temperature decreased to around 60 °C. The 
load was also decreased to 20 % of ultimate tensile 
strength, in order not to create additional damage 
during the cooling of the specimen. After the 
replication, the specimen was heated back, and 
testing was resumed up to the next load level. 
In order to observe the microstructure in the replicas, 
the edges of the specimen were polished prior to 
testing [11]. The samples were polished in the first 
phase with sand paper with finer grit at each step. 
This phase involved four steps using sand papers of 
120, 240, 400 and 600 grit. In the second phase, 
diamond suspension was used to improve the surface 
quality. Diamond suspensions of 6 µm, 3 µm and 1 
µm were successively used to obtain a mirror polish. 
In the last phase, an alumina suspension of 0.05 µm 
was used to provide a final polish and remove the 
last imperfections. All polishing was performed by 
hand because of the dimensions of the specimen. 
This polishing procedure provided the best results in 
terms of surface quality. Figure 4 shows typical 
photographs of polished surfaces in directions 1 and 
2. 
The samples were tested at room temperature and 
service temperature (225°C), in both directions. 
Three samples were tested in each condition, for a 
total of 12 samples for the temperature effects part 

of the study.  
In order to study the influence of aging on the 
mechanical properties, unloaded composite samples 
were left in an oven at service temperature for 
different time periods. A total of 12 samples cut 
direction 1 were left in the oven for 1 month, 4 
months, 12 months and 17 months.  
 
4  Temperature influence on failure  
4.1 Macroscopic failure   
Differences were observed for the direction of 
failure, depending on the direction of the loading 
and temperature. The samples cut along direction 1 
samples failed along the ±60° yarns, in a straight 
line or V-pattern shape, as can be seen in   Figure 5.  
At high temperature, the same failure pattern was 
observed as can be seen in Figure 6.  
For the specimens tested along direction 2, a 
different failure pattern occurred at high 
temperature. At room temperature, the failure 
occurred along the 0° yarns, as shown in Figure 7 
However, at high temperature, failure occurred 
along the 60° yarns as well as 0° yarns, as can be 
seen in Figure 8.   
The main conclusion from these observations is that 
the yarns loaded by transverse or combined 
shear/transverse loading will fail first and initiate 
damage in the composite. Also, the distribution of 
loading in the yarns changes between room 
temperature and high temperature. This hypothesis 
could explain the difference between failure patterns 
at room temperature and high temperature for 
samples loaded in direction 2.  
4.2 Tensile response curves  
Three samples cut in direction 1 were tested at room 
temperature. Figure 12 displays the stress-strain 
curves for samples tested in direction 1 (along the 0° 
yarn), with the results normalized by the ultimate 
stress and strain of the matrix at room temperature. 
The curves of response at room temperature show a 

Fig. 4         a) Replica of a sample cut in direction 1                     b) Replica of a sample cut in direction 2 
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bilinear behaviour, with a softening of the composite 
when the load exceeds 60% of Ultimate Tensile 
Strength (UTS). At high temperature, the stress-
strain curve is almost perfectly linear, with no sign 
of softening.  Also, the ultimate tensile strength is at 
the same level at room temperature and at high 
temperature. For the matrix specimens alone, the 
decrease in UTS strength was close to 45 % between 
room temperature and high temperature. Because of 
the yarns at 0° laying in the direction of loading, the 
decrease in matrix properties had negligible 
influence on the ultimate failure of the composite.  
For the samples tested in direction 2, different 
observations were made. At room temperature and 
high temperature, a gradual softening of the 
composite was observed for increased loading. 
Figure 12 displays the stress-strain curves for 
samples tested in direction 2 (orthogonal to the 0° 
yarns) at room temperature and at 225°C. The first 
observation is that UTS is 45% higher in direction 2 
compared with direction 1 at room temperature. This 
is explained by the fact that 80% of the yarns lay in 
±60° directions. These yarns’ load carrying 
capability is higher in direction 2. Consequently, the 
Young’s modulus in direction 2 is about 54% higher 
when compared to direction 1. Another interesting 
observation is that UTS at high temperature was 20 
% lower than at room temperature in direction 2, 
compared with no change in direction 1. This can be 
explained by the fact that in this direction, the ± 30° 
yarns relative to direction 2, which provide most of 
the load carrying capabilities in this direction, are 
loaded in shear/transverse modes, where the 
properties of the matrix are critical to the mechanical 
properties of the composite. In this direction, the 
degradation of matrix properties because of the 
temperature had a negative influence on the UTS of 
the composite.  
Table 3 shows Young’s modulus and ultimate stress 
of each of the samples tested at room temperature. 
The properties are normalized by the matrix 
properties at room temperature. Table 4 displays the 
same results at 225°C. 
4.3  Edge replication 
Edge replication enabled the observation of the 
microscopic damage evolution and explained some 
of the failure mechanisms observed on the 
macroscopic level. At room temperature, a knee 
point was observed for samples tested in direction 1, 
at room temperature. This behaviour can be 

explained with the images provided at 
68.5% of UTS by edge replication. At a stress 
around 68.5% of ultimate stress, transverse cracks 
appeared in the yarns in the  ± 60° direction, as 
shown in Figure 9. As the load increased, additional 
cracks in yarns in the ±60° direction as well as 
matrix cracking occurred in the composite, causing 
the ±60° direction yarns to lose their ability to carry 
the load. This is a possible explanation for the 
decrease in Young’s modulus prior to failure. The 
sample failed following the ±60° yarns, as can be 
seen in Figure 5. If homogenization is performed 
without taking into account the yarns at ±60°, the 
Young modulus of the composite is similar to the 
one observed after the knee point for the samples 
tested in direction 1. This further proves that damage 
is initiated and develops first in the yarns at the ±60° 
direction for samples loaded in direction 1.  
At high temperature, no damage was observed on 
the ±60° yarns, up to ultimate failure. This 
observation concurs with the fact that the stress-
strain curve is linear until failure at high 
temperature. The lack of damage in the transverse 
yarns could be explained by a change in the load 
distribution at high temperature, with the yarns at 0° 
carrying most of the load at this temperature. This 
change in the load distribution would be attributable 
to a  decrease of Elastic properties of the±60° yarns .  
For the samples tested in direction 2, different 
results were observed. As can be seen in Figure 10, 
transverse cracks in the yarns at the 0° direction 
appeared at 40% of the ultimate stress at room 
temperature. As the load increased, a delamination 
surrounded the 0◦ yarns, which eventually caused 
the cracks to propagate to the adjacent 60° yarns, 
causing the final failure of the sample along the 0◦ 
yarn. The damage evolution recorded with the help 
of replicas is a confirmation of the damage theory of 
textile composites presented in the literature [12]. In 
this direction, the softening is the result of the 
delamination of the 0° yarn. Using the 
homogenization models developed in the project, it 
is possible to evaluate the Young’s modulus of the 
composite in the direction 2, without the influence of 
the yarns in the 0° direction. The modulus is 
evaluated at 11 times the matrix’s modulus, which is 
close to the modulus near failure of 11.5. 
Similar results were observed for the samples tested 
at 225°C in direction 2. Figure 11 displays the 
damage development at high temperature recorded 
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by edge replication. Transverse cracks in the yarns at 
the 0° direction appeared at around 25% of ultimate 
stress, earlier than at room temperature. As the load 
increased, a delamination surrounded the 0° yarns, 
which eventually caused the cracks to propagate to 
the adjacent 60° yarns. A notable difference with the 
room temperature samples was the extensive 
delamination of the ± 60° yarns at high temperature 
and high loads (90% of ultimate stress), as can be 
seen in Figure 11. The delamination of all the yarns 
creates two possible paths of failure, seen in Figure 
8. The sample failed along the  ±60° yarns as well as 
the 0° yarns. This could be an explanation of the 
failure at an earlier load for the high temperature 
specimens.  
 
5. Failure of aged samples   
The influence of aging was observed on samples 
loaded in direction 1. Initially, without aging, UTS 
was unaffected by high temperature in this direction. 
However, chemical and physical aging had a 
detrimental effect on the mechanical properties of 
the composite. Figure 13 shows the decrease of UTS 
following aging times of 1 month, 4 months, 12 
months and 17 months at 225°C. The test 
temperature was the same as aging temperature. The 
results are normalized by UTS of samples prior to 
aging. During the first month, UTS remained at the 
same level, as the degradation process didn’t start 
immediately. After one month, the aging process 
causes a steady degradation in mechanical properties 
over time. 
A closer observation of specimen edges before 
loading provides insight into the steady drop of 
ultimate strength. Figures 14 shows microscopic 
observations of samples edges over various aging 
times. Before aging, the sample edge is in pristine 
condition with very few cracks. After one month of 
aging, small transverse cracks start appearing, as the 
matrix recedes because of physical aging.  After 4 
months, cracks develop into the yarns and start 
causing delamination, increasing the damage state in 
the composite. After a year, extensive damage can 
be observed on the specimen edge, with a network 
of cracks and yarn delamination spanning the entire 
thickness of the composite samples. These damage 
mechanisms are very similar to those observed 
during tensile testing of unaged specimens, although 
they happen without any loading of the composite. 
This degradation is a direct consequence of physical 

and chemical aging. Physical degradation causes the 
matrix volume to decrease, creating a stress state 
because of the presence of the rigid fibres. The 
matrix shrinkage eventually creates transverse 
cracks caused by matrix failure inside a yarn. As the 
aging process increases, the matrix becomes even 
more brittle, resulting in progression of damage 
through delamination, creating a network of cracks 
and delaminations through the composite. This 
process is further compounded because of chemical 
aging, which was observed with the help of 
measurements of mass loss of composite and matrix 
specimens over time. Chemical aging provokes a 
degradation of the mechanical properties of the 
matrix, further decreasing the overall UTS of the 
composite. 
 
5. Conclusion    
The mechanical behaviour of a triaxially braided 
composite was studied to observe changes caused by 
temperature and aging. Predictive homogenization 
tools were used to accurately estimate its elastic 
properties at room temperature and at high 
temperature. Test temperature had an influence on 
the strength of the material, depending on the 
direction of loading. Specifically, UTS of samples in 
direction 2, where all yarns are loaded by transverse 
or shear/transverse combined loading, was lower 
when compared to room temperature tests. 
Aging caused extensive damage to the composite 
prior to loading. Transverse cracks, followed by 
delamination of yarns and propagation of cracks 
resulting in a network of cracks/delamination, were 
observed as aging progressed in the oven. The 
development of damage caused a steady decrease in 
the strength of the composite, with UTS 40 % lower 
when compared to an unaged specimen after 17 
months of aging.  
In future works, damage models will be adapted to 
take into account the influence of temperature and 
aging on the mechanical properties of textile 
composites. 
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Tab. 1. Yarns’ mechanical properties and dimensions. The 
mechanical properties are normalized by matrix properties 

𝐸!!!
𝐸!

 
𝐸!!!
𝐸!

 
𝜈!!" 𝐺!!"

𝐸!
 

𝐺!!"
𝐸!

 

58.5 3.45 0.314 3.98 7.23 
 Dimension 

(mm) 
Yarn width 2.2 
Yarn height 0.21 

Distance between 60° yarns 2.7 
Distance between 0° yarns 3.4 

Yarn fraction at 60° 40 % 
Yarn fraction at 0 ° 20 % 

 
Tab. 2. Comparison between analytical 
homogenization and experimental results, at room 
temperature and high temperature 

High  
temperature 
(225°C) 

Experimental Mori-
Tanaka 

Rule of 
mixtures 

𝐸!!/𝐸! 8.7 8.3 10.3 
𝐸!!/𝐸! 14.2 13.8 16.5 

Room 
temperature 

Experimental Mori-
Tanaka 

Rule of 
mixtures 

𝐸!!/𝐸! 9.2 9.6 10.8 
𝐸!!/𝐸! 14.6 14.5 17.1 

 

Tab. 3 Tensile testing of the composite at Room 
temperature.  

Direction !
!!

  
beginning 

!
!!

 @ 
failure 

𝜎!
𝜎!"

 

1 9.2 8.1 8.3 
2 14.6 11.7 12.3 

 

Tab. 4 Tensile testing of the composite at High 
temperature (225°C).  

Direction !
!!

  
beginning 

!
!!

 @ 
failure 

𝜎!
𝜎!"

 

1 8.7 8.7 8.3 
2 14.2 11.5 10.6 
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Fig. 5. Direction 1 samples after failure at room 
temperature. The failure line goes along the 60° 
yarns. 

 
Fig. 6. Direction 1 samples after failure at high 
temperature. The failure line goes along the 60° 
yarns. 

 

 
Fig. 7. Direction 2 samples after failure at room 
temperature. The failure line goes along the 0° 
yarns. 

 

 
Fig. 8. Direction 2 samples after failure at high 
temperature. The failure lone goes along the 0° yarns 
and the 60° yarns. 

 
Fig. 9. Replicas at different stress levels at the same 
location at the edge of a direction 1 sample, tested at 
room temperature. At 68.5 % of ultimate stress, 
transverse cracks start appearing on the 60° yarns. 
At 85 % of the ultimate stress, multiple cracks are 

visible on the 60° yarns, with matrix cracks visible. 

 
Fig. 10. Replicas at different stress levels at the same 
location at the edge of a direction 2 sample, tested at 
room temperature. 
 

 
Fig. 11. Replicas at different stress levels at the same 
location at the edge of a direction 2 sample, tested at 
high temperature.  
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Fig. 12. Tensile curves of samples at room temperature and high temperature 

 

Fig. 13. Ultimate tensile Strength of direction 1 samples after aging at 225°C, normalized by UTS before 
aging 
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Fig. 14 Microscopic observation of specimen edges at different aging times prior to loading. 

                                       Unaged                                                                 1 month aging  

                                   4 months aging                                                        12 months aging  
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1 Introduction  

 

Because of the many environmental problems facing 

society, the ability to manufacture products from 

sustainable resources that are fully compostable at 

the end of their useful life is attractive. Poly(lactic 

acid) is linear aliphatic thermoplastic polyester 

derived from 100% renewable sources. Because of 

its good biocompatibility, biodegradability, 

mechanical properties and light weight, it has been 

used in many applications, and its processing, 

thermal stability and mechanical properties have 

been widely studied [1–9]. 

One method used to improve the mechanical and 

thermal properties of poly(lactic acid) (PLA) is to 

add fibres or filler materials. Various fibres, 

including glass fibres [10-11], bamboo [12], hemp 

[14-15], flax[16–18], ramie[19-20], jute [19, 21], 

kenaf [13, 22-23], abaca [24], [25] wood pulp [26] 

silk [27], [28] and chicken feathers [29], have been 

used to reinforce PLA. These works investigated 

that natural fibres can serve as reinforcements for 

PLA.  

In recent years, the waste products have begun to be 

used to reinforce biocomposites. Beside of the aim 

to improve the properties of polymer, the use of 

waste product reinforce polymers reduce the price of 

the material and it contribute to protect the 

environment also. The global rice paddy production 

is 482 million tons, world rice inventories are 

forecast to rise to their highest level in ten years 

(FAO). Husk is one of the abundant waste products 

from agriculture throughout the world. Traditionally, 

husks are used for feeding animals, to keep animals 

warm or for burning. Recently, some researchers 

have explored the utilization of these by-products as 

fillers for the production of polymer matrix 

composites. Rice and wheat husks have been added  

 

to polypropylene [20],[22], polycaprolactone [30] or 

phenol formaldehyde [31]. 

Rice husk and Einkorn wheat husk have complex 

spikelet structures, but they are primarily composed 

of cellulose, hemicelluloses, and lignin [32], [33]. 

Previous research studies have shown that cellulose 

fibers can be used to reinforce Poly(Lactic Acid) 

PLA. Therefore, in this study, the mechanical 

properties, the thermal properties and the 

morphology of composites were analyzed to explore 

the potential of using rice husk/wheat husk as a 

possible reinforcement for PLA. 

 

2 Materials and methods 

2.1 Materials  

Poly(lactic acid) PLA 7000D was supplied by 

Nature-Works LLC and had the following 

characteristics: Specific gravity: 1.25-1.28, glass 

transition temperature Tg =55 - 60°C and crystalline 

melting temperature Tm = 145-155°C. 

 

In this research, both long-grain rice husk (denoted 

LR) and medium-grain rice husk (denoted MR) 

were studied. The rice husks were supplied by 

SOUFFLET group, France.  

Two husks of Einkorn wheat (Triticum 

monococcum – botanical name; denoted W1 and 

W2) were used. This is one of the earliest cultivated 

forms of wheat, and its husks tightly enclose the 

grains. The wheat husks were supplied by 

TOFAGNE Sarl (France). 
 

2.2 Methods 

PLA pellets and husks were dried under vacuum at 

50°C for 24h before processing. Compounding was 
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achieved by twin screw extruder (Clextral BC21 

900mm). The temperature profile screw is the 

following : 60°C (feeder)/ 120°C / 170°C / 180°C / 

180°C / 180°C / 180°C / 180°C / 180°C / 180°C / 

180°C / 180°C / 180°C / 180°C (die). The speed rate 

was kept at 250rpm and the feed rate was 4kg/h. A 

dry blend of the PLA and husks was introduced 

through two feeders. After compounding, granules 

were dried under vacuum at 50°C for 24h. Injection 

molding was then carried out on a Krauss Maffei 

KM50-T180CX. Temperature was set at 200°C and 

the mould temperature was maintained at 40°C. 

 

- Mechanical properties were measured after 

conditioning the samples at room temperature under 

standard atmospheric conditions (22–24°C) for 24 h 

before testing. At least 5 specimens were used for 

each test to ensure reproducibility. 

Three-point-bending tests were conducting standard 

ISO 178:2001. The sample size was 80 x 10 x 4 

mm
3
, the load cell was 2.5 kN and the crosshead 

speed was 2 mm/min. The tensile and bending tests 

used a Zwick Z010. 

Charpy impact strength was determined using a 

Zwick apparatus according to the ISO 1179-1:2000 

standard (2J). The sample size was 80 x 10 x 4 mm
3
. 

- Size-exclusion chromatography coupled with 

multi-angle light scattering detector (SEC-MALS) 

was used to determine the average molecular 

weights and polydispersity index of polymer. 

The weights of samples were calculated by equation 

1: 

 (Eq. 1) 

Where, R is the content of the rice husk in 

biocomposite (%). 

Tetrahydrofuran (THF) was stabilized by 2.6-di-tert-

butyl-4-methylphenol (BHT) (250 mg/L of THF). 

The samples were weighed and put in flask, add 

30ml of tetrahydrofuran (THF) stabilized, then close 

tightly by screw cap. The flasks were kept in bath 

water 30°C for 3 days. Then the solutions were 

filtered with disposable filters (PTFE membrane, 

0.45µm) and injected in SEC-MALS.  

The SEC equipment (SUPAGRO, University 

Montpellier2, France) consisted of an online 

degasser (Elite
TM

, Alltech), a Waters 515 pump, a 

refractive index detector (Waters 2410) and a multi-

angle light (Dawn DSP, Wyatt Technology). The 

columns were three PLgel (Polymer Laboratories) 

Mixed-A mixed bed columns (20µm, 

300mm×7.8mm I.D.) with a guard column. The 

columns were maintained at 45°C. The mobile phase 

was THF at a flow rate of 0.65ml/min for 45 min; 

the injected volume was 100µL. The data obtained 

with MALS detector were analyzed with ASTRA 

software (Wyatt Technology). 

 

- Scanning electron microscopy (SEM) and SEM–

EDX (SEM coupled with energy dispersive X-ray 

analysis) were performed using an environmental 

scanning electron microscope (ESEM) FEI Quanta 

FEG 200, equipped with an OXFORD Inca 350 

energy dispersive X-ray microanalysis (EDX) 

system. The ESEM operated at an accelerating 

voltage of 15 kV. 

 

- The melting and crystallization behavior of the 

matrix polymer and the biocomposites were studied 

using a Perkin Elmer apparatus (Pyris Diamond) 

equipped with a cooling attachment, under a 

nitrogen atmosphere. The data were collected by 

heating the specimen from 25°C to 200°C at a 

constant rate of 10°C/min. A sample weight of 

approximately 20 mg was used, and the samples 

were analyzed in standard aluminum DSC pans. The 

heat flow and energy changes in and out of the 

samples in the sealed aluminum pans were recorded 

with reference to an empty aluminum pan. At least 3 

specimens were used for each test to ensure 

reproducibility. Melting temperature was obtained 

from the peak in the heating curve. The peak area 

was used to calculate the enthalpy of melting using 

Pyris 8.0 software.  

 

- The thermogravimetric analyses were carried out in 

Perkin Elmer equipment (Pyris1 TGA). The samples 

were scanned from 25 to 600°C at a heating rate of 

10°C/min in the presence of nitrogen. 

 

3 Results and Discussion  

3.1 Dimensional stability 
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During the injection molding, material is fed into a 

heated barrel, mixed, and forced into a mold cavity 

where it cools and hardens to the configuration of 

the cavity. In this study, the mold temperature is 

40°C, so that the samples continue to cool down to 

the temperature environment after ejecting from the 

mold. Because of the thermal shrinkage, the 

dimensions of the samples are smaller than the mold. 

The difference between the mold and the sample is 

calculated by equation 2: 

 

    (Eq.2) 

 

After injection molding, shrinkage of 0.4% is 

obtained for PLA compared to 0.35, 0.14 and 0.09% 

for the biocomposites reinforced by 10, 20, 25wt% 

husk. The shrinkages of biocomposites reduce linear 

with the increase of weight content of husk (Figure 

1). The presence of husk improves the dimension 

stability of mold specimens.  

 

 
Fig.1. Effect of husk contents on the biocomposite 

dimensional stability 

 

3.2 Molecular weight and polydispersity index of 

PLA in biocomposite 

 

In this part, the MR.10 (10% w/w of MR in 

biocomposite), MR.20 and MR.25 biocomposites 

were chosen to study the influence of the husk ratio 

on the average molecular weight and polydispersity 

index of PLA (Figure 2). 

 

 
Fig 2. Influence of husk content on the PLA average 

molecular weight 

 

It is clearly show that the number average molecular 

weight (Mn) and the weight average molecular 

weight (Mw) of unreinforced PLA are always higher 

than those of PLA extracted from biocomposites. As 

the addition of rice husk increases viscosity of PLA, 

it will also result in an increase of shear during 

injection and induce molecular chain breakage. The 

average molecular weight decreases [34][35][21]. 

Moreover, a linear decrease in Mn and Mw is 

observed with the rice husk increase with the same 

slope. It is the reason why the polydispersity index 

does not change as a function of rice husk content. 

Indeed, the polydispersity index of PLA is 

1.24±0.004 and that of biocomposite is about 

1.28±0.075.  

 

3.3 Mechanical properties of biocomposites 
 

The tensile and bending modulus increased with an 

increase in the filler loading for all composites, as 

would be expected (Figures 3 and 4). The bending 

modulus of neat PLA is 3449±25 MPa, and the 

tensile module is approximately 3573±41 MPa. With 

10% weight content of rice husk (MR.10), an 

increase of 11.34% in the tensile modulus compared 

with PLA was observed. Similar results were 

obtained for other biocomposites. W2.25 had the 

highest bending modulus (4566±50 MPa), which is a 

32.39% increase compared with neat PLA, and the 

highest tensile modulus (5026±94 MPa), which is an 

increase of 40.66%. The increasing bending 

modulus and tensile modulus are directly 

proportional with the ratio of the husk content in the 

biocomposites.  
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Fig. 3. Effect of rice husk/ wheat husk content on the 

bending modulus and bending stress of biocomposites 

 

 
Fig. 4. Effect of rice husk/ wheat husk content on the 

tensile modulus and tensile stress of biocomposites 
 

In contrast, the tensile and bending stresses 

decreased with increasing husk content. The 

decrease in the tensile stress is higher than those of 

the bending stress.  

With 10, 20 and 25 wt% filler content, the decreases 

in the bending stress were approximately 5%, 14%, 

and 17%, respectively; the decreases in the tensile 

stress were 17%, 22% and 25%, respectively. 

The mechanical properties of PLA biocomposite 

with different reinforcement fibres can be compared. 

PLA biocomposite with jute, ramie, abaca and flax 

have mechanical properties higher than rice husk 

and wheat husk. However, the phenomenon of 

decreasing tensile and bending stresses has not just 

happened to rice husk and wheat husk. 

At the same weight content 10%, tensile strength of 

rice husk and wheat husk reduce 13 and 19% while 

that of chicken feather [29] decrease 23% and the 

reduction of destarched cassava flour and pineapple 

skin flour [36] are 17 and 24%. 

Hemp is a kind of fibre used to use reinforced 

biocomposite. The flexural strength of PLA 

biocomposite with 20% weight content of hemp 

reduce 17% [14], it is higher than 9 and 14% of rice 

husk (MR) and wheat husk (W2). The flexural 

strength of PLA biocomposite with 20% destarched 

cassava flour and pineapple skin flour decrease 26 

and 34%, this reduction is nearly 3 times higher than 

rice husk and with husk. A.A Yussuf et al. [23] 

extruded PLA with 20% rice husk also, and the 

results of that research show the flexural strength 

reduce 23%. 

The authors suggested different mechanisms 

according to the fibre strength. For strong fibres, 

such as flax or ramie, a stronger composite is 

obtained with an increased stress. In contrast, if the 

fibre is weak, it will affect the strength of the 

composite.  

 

 

Fig 5. Fracture surfaces of MR(a); LR (b); W1 (c) and 

W2 (d) biocomposites 

 

Figure 5 shows the fracture surfaces of 

biocomposites that were investigated by SEM. It can 

be observed that the small husk pieces are separated 

from each other during the extrusion process and 

well disperse in the PLA matrix. The husks were 

randomly orientated. Few voids are found on the 

fracture surface because the husks are trapped by the 

PLA matrix. It can also be seen that there are many 

d c 

b a 
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husks that were broken off with in PLA matrix, 

instead of being drawn out. The broken husk reveals 

that rice husk and wheat husk do not have sufficient 

strength; this result may be explained by the 

decreased tensile and bending strength of the 

biocomposites. Mechanical results are related to the 

morphology of composites and show that there is a 

bad interface between the matrix and the fillers. 

 

 
Fig. 6. Effect of rice husk/ wheat husk weight content on 

the tensile elongation at break point of biocomposites 

 

Figure 6 shows the difference in the elongation at 

break of neat PLA and biocomposites. It can be 

observed that the elongation at break of neat PLA is 

6.56±0.94%, and that value is in agreement with 

technical data from Nature Works, Co. Irrespective 

of the filler type, incorporation of the filler resulted 

in a drop in elongation at break to approximately 

2.5% to 3.5%. A similar observation has been 

reported, with a drop of elongation at break of PP 

from 600% to 2% for PP reinforced by 45 wt% rice 

husk powder [37]. This phenomenon may be 

explained by an increase in the brittleness of PLA 

due to its degradation during extrusion progress as 

previously discussed and a poor adhesion between 

PLA and husks. 

 

 

 
Fig. 7. Effect of rice husk/ wheat husk weight content on 

Unotched Impact of biocomposite 

 

Figure 7 presents the impact properties of different 

biocomposites compared to PLA. There is a regular 

decrease in impact strength with an increase in filler 

content for both rice husk and wheat husk 

biocomposites to compare with neat PLA. A lower 

decrease is obtained for MR reinforced 

biocomposites probable because of the final 

morphology after extrusion of MR. The size of MR 

after extrusion is the smallest in all type of husks. 

It is clear that, rice husk, Einkorn wheat husk cannot 

compete with flax, ramie and jute fibres to reinforce 

PLA to improve mechanical properties, however, it 

is a good competitor with hemp, bamboo fibre or 

other biomass likes destrached cassava flour and 

pineapple skin flour.  

 

3.4 Thermal properties of biocomposites 

 

3.4.1. DSC Analysis 

 

The influence of husks on the glass transition 

temperature (Tg), cold-crystallization temperature 

(Tc) and melting temperature (Tm) is shown in 

Figure 8. Neat PLA has a Tg of 61.56 ±0.35°C; the 

addition of husks did not have any notable effect, as 

the Tg of the biocomposites varied by only 1–2°C.  

Two main factors control the crystallization of 

polymeric composite systems: (i) the additives 

hinder the migration and diffusion of polymer 

molecular chains to the surface of the growing 

polymer crystal in the composites, thus providing a 

negative effect on polymer crystallization which 

results in a decrease in the Tc; (ii) the additives have 
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a nucleating effect which gives a positive effect on 

polymer crystallization and leads to an increase in 

Tc [28]. 

 

 
Fig. 8 Glass transition temperature (Tg); Crystallization 

temperature (Tc); Melting temperature (Tm) of 

biocomposites. 

 
Neat PLA has a Tc of 129.64±0.92°C. In the 

presence of husk, the Tc decreased to 

118.07±0.43°C with 25% rice husk and to 

114.39±2.14°C with 25% wheat husk. The decrease 

in Tc could be explained by two reasons: (i) the 

viscosity of the biocomposite mixture increased with 

the addition of husk, which hindered the migration 

and diffusion of PLA molecular chains in the 

biocomposite, and (ii) the decrease of the average 

molecular weight of matrix PLA after extrusion with 

husks. The cold-cristallization peaks of 

biocomposite are larger than PLA neat and may be 

explained that the presences of the husks obstruct 

the process organization of PLA in the thermal 

process (extrusion, injection). When the sample cool 

down, many initial crystallization molecules have 

not arrange yet, so that they rearrange when the 

temperature increase in DSC test. 

The melting temperature of neat PLA is 

155.38±1.99°C. With the addition of husk, the Tm 

shifted to a higher temperature. The presence of the 

husk could form a barrier to block the transfer heat 

flow in matrix PLA, such that the biocomposite 

requires a higher temperature for melting.  

 

3.4.2 Thermogravimetric analysis (TGA) 
 

The thermal stability of rice husk, wheat husk, neat 

PLA and the biocomposites was investigated 

through TGA experiments (Figures 9 and 10). 

 

 
Fig. 9 Thermogravimetric curves of the two rice husks 

and wheat husks 

 

 
Fig.10 Thermogravimetric curves of neat PLA and wheat 

husk composites 

 

Generally, husk degrades through three main stages: 

(i) first, the moisture absorbed during storage is 

released from the husk; the weight of water in the 

husk is approximately 8%; (ii) then, a second 

transition occurs from 290 to 420°C, and the husk 

undergoes degradation; and (iii) finally, from 420°C 

onwards, the husk starts to decompose. The char 

yield at 500°C of two types of rice husk was 

approximately 40%, which is slightly higher than 

wheat husk (30%).  

As concerns PLA and the biocomposite, the weight 

drop starts at 280°C due to PLA degradation. A 

second transition begins at approximately 400°C 

when the materials start to decompose. The weight 

of char at 500°C for biocomposites increases with 
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the husk content. This enhancement of char 

formation can be argued to be the higher heat 

resistance introduced by the husk reinforcements. 

The curves show that the weight-loss temperature of 

the biocomposites are lower than that of neat PLA 

and that the addition of rice husk and wheat husk 

affect the stage of degradation of the PLA. This 

phenomenon can be explained by the lower 

degradation temperature of the husks compared to 

PLA. 

 

4 Conclusions  

The objective of this study was to investigate the 

possibility that rice husk and wheat husk can be used 

as fillers in biocomposite systems. The results show 

that PLA works very well as a matrix material for 

both rice husk and wheat husk.  

The tensile and bending moduli of biocomposites 

from husks were improved when the filler loading 

was increased. Although the tensile and bending 

strength of biocomposites reduced, however, this 

phenomenon happens with some others natural 

fibres. An advantage of the husks addition is the 

dimensions of the biocomposites after injection 

molding are more stable than PLA. The thermal 

stability is not significantly different between neat 

PLA and the rice husk and wheat husk 

biocomposite. Tg did not change, Tc decreased and 

Tm increased with increasing husk content. 

Some others authors critic biomasses have low 

mechanical properties, thus they cannot be a good 

candidate for reinforcing PLA. It is evident that 

biomass (rice husk and wheat husk) cannot compete 

with some nature like flax, jute or even hemp fibres, 

but their modulus are at least as interesting as those 

of sisal fibres which are commonly used for 

thermoplastic reinforcement, and the mechanical 

properties of biocomposites from rice husk, Einkorn 

wheat husk are higher than some others biomasses 

like destarched cassava flour rye husk. On the other 

hand, their advantages are biodegradable eco-

friendly filler, rather to minimize environmental 

pollution and lower cost of the final products.   

Future studies should focus on the improvement of 

the interfacial bonding. With such improvements, it 

may be possible to achieve optimal dispersion of the 

filler and to optimize the filler-matrix adhesion. 
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1 Introduction 

Graphene and graphene oxide (GO) are widely 
studied in several fields of materials science and 
engineering. In particular, recent progress has shown 
that graphene-based materials may have a deep 
impact on the development of electronic and 
optoelectronic devices, chemical sensors, materials 
for energy storage and nanocomposites [1]. In recent 
years, a variety of processing routes have been 
reported for dispersing both graphene  and GO-
derived fillers [2] into polymer matrices. In 
particular, solution- and melt-mixing, in-situ 
polymerization, emulsion polymerization, 
lyophilization methods and phase transfer techniques 
have been the most widely investigated. Moreover, 
several types of polymers have been investigated as 
possible matrices for graphene and GO based 
nanocomposites, including both thermoplastic and 
thermosetting matrices [2-4]. 
Due to its solubility in polar solvents including 
water, poly(vinyl alcohol) (PVOH) has been one of 
the most intensively studied matrices for the 
preparation of graphene and GO-based 
nanocomposites by solution dispersion [5, 6]. The 
thermal stability of PVOH up to relatively high 
temperatures has been also recently exploited for the 
application of mild thermal treatments on 
PVOH/GO nanocomposites in order to promote a 
thermal reduction of GO [7]. The occurrence of an 
in-situ reduction of graphene oxide has been 
confirmed by electrical resistivity measurements. In 
this manuscript, PVOH nanocomposites filled 
various amounts of both GO and chemically reduced 
graphene oxide (RGO) has been prepared. In 
particular the effect of the humidity content on the 
thermomechanical behaviour has been analyzed. 

 

2 Experimental 

2.1 Materials and sample preparation 

Fully hydrolyzed PVOH Celvol 350 (molecular 
weight =  100 kDa) was kindly supplied by Celanese 
(Dallas, USA). Graphite powder (particle size 20 
microns) and hydrazine hydrate solution (yield =  
50–60 %) were purchased from Sigma-Aldrich. All 
reagents were analytical grade and used without any 
further purification. 
GO was obtained from graphite according to the 
modified Hummers method [8]. GO powder was 
dispersed in distilled water by using high power 
sonication treatment. The obtained dispersion was 
centrifuged at 4,000 rpm for 1 h in order to remove 
non-exfoliated GO. Brownish homogenous 
suspensions of GO with concentration up to 10 
mg/mL were obtained. Chemically (by using 
hydrazine) reduced GO (RGO) was prepared 
according to the literature indications [9] In 
particular, hydrazine hydrate solution was added to 
aqueous PVOH-GO solution with a GO/hydrazine 
weight ratio of 1. The mixture was kept as 95 °C for 
24 h under magnetic stirring. GO and RGO colloidal 
dispersions were added to aqueous solutions of 
PVOH (50 mg/mL) for nanocomposite preparation. 
The mixtures were sonicated for 1 min and then 
poured into an open silicon mould to allow the 
evaporation of the solvent. The obtained films had a 
thickness of about 25 microns. Nanocomposites with 
a filler content up to 9.4 wt% were produced. 
Both dry and conditioned samples were analyzed. In 
particular dry samples were treated for 15 hours at 
60 °C and stored under vacuum, while conditioned 
samples were prepared by exposing dry samples at a 
relative humidity of 50% at 23 °C for 2 weeks. 
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2.2 Measurements 

Nanocomposites were fractured in liquid nitrogen, 
mounted on aluminium stub using a conductive 
adhesive without any further metallization and 
analyzed with a Zeiss Supra 40 field emission 
scanning electron microscope (FESEM). 
Differential scanning calorimetry (DSC) 
measurements were performed with a Mettler DSC 
30 calorimeter. A first heating ramp from 0 up to 
240 °C was followed by a cooling stage from 240 to 
0° C and by a second heating ramp up to 240 °C. 
Both the heating and cooling rates were fixed at 
10 °C/min, and all tests were conducted in nitrogen 
flushing at 100 mL/min. 
Thermogravimetric analysis (TGA) measurements 
were performed with a Mettler TG50 thermobalance 
at a heating rate of 10 °C/min from 40 to 600 °C 
under nitrogen flow (200 mL/min). 
Uniaxial tensile tests at 23 °C and 50% relative 
humidity were performed with an Instron  model 
4502 tensile testing machine equipped with a 100 N 
load cell. Rectangular specimens with a length of 50 
mm, a width of 5 mm and a thickness of about 25 
microns were tested at a crosshead speed of 5 
mm/min. According to ISO 527 standard, an elastic 
modulus was evaluated as secant value between 
deformation levels of 0.05% and 0.25%. For each 
sample, at least five specimens were tested. 

 

3 Results and Discussion 

As shown in Figure 1, the adopted Hummers 
procedure yields GO in form of highly exfoliated 
lamellae. 
FESEM micrographs of the cryofractured surface of 
nanocomposites evidence a highly homogenous 
dispersion of GO lamellae in the polymer matrix. 
After chemical reduction the initial amounts of 1 
wt% and 9.4 wt% of GO are reduced to 0.4 wt% and 
4.1 wt%, respectively. It is interesting to note how 
the RGO layers appear to be more homogeneously 
dispersed in the PVOH matrix. The analysis of the 
FESEM pictures of composites with a low amount 
of filler allowed us to estimate the specific surface 
area (SSA) values. For GO and RGO particles SSA 
values of about 1730 m2/g and 1020 m2/g, were 
respectively obtained. The estimated SSA value of 
GO is in good agreement with the scientific 
literature indications [10], while the SSA estimated 

for RGO is significantly lower than the theoretical 
value of about 2600 m2/g reported for this material 
[4]. This means that RGO is probably aggregated in 
units of two or three layers. 
 
The equilibrium moisture content of the samples 
conditioned at 23 °C and  50 % R.H. is reported in 
Figure 3 as a function of the weight content of GO 
and RGO. It can be noticed that the amount of 
moisture absorbed by the PVOH matrix is reduced 
as the filler content increases and that this reduction 
is higher for RGO- over GO-based nanocomposites. 
 
The glass transition temperature (Tg) of the 
nanocomposites assessed by DSC measurements is 
reported in Figure 4. As expected, the Tg values of 
dried PVOH (77 °C) is markedly higher than that 
measured on conditioned PVOH (46 °C). Moreover, 
it is interesting to observe that Tg values slightly 
increase with the filler content, especially on dry 
specimens and for an elevated content of RGO 
particles. 
 
As represented in Figure 5, TGA analysis evidenced 
a remarkable effect of the degradation temperature 
of the PVOH-based nanocomposites. In particular, 
both the onset and the peak degradation 
temperatures markedly increase as the nanofillers 
content increases. This effect is more pronounced 
for the nanocomposites containing RGO 
nanoparticles in comparison with those containing 
GO nanoparticles. 
 
The tensile stress-strain curves of the investigated 
materials are reported in Figure 6 for both dry and 
conditioned samples. As expected, the mechanical 
behaviour of the dried and conditioned PVOH 
matrix is markedly different. In fact, the plasticizing 
effect of the absorbed water causes a decrease of the 
maximum stress and a concurrent increase of the 
deformation at break. The addition of nanofillers 
(both GO and RGO) causes a remarkable reduction 
of the deformation at break for both dry and 
conditioned samples, which is quantified in Figure 7. 
It can be noticed that, for a given filler amount, 
RGO nanoparticles are more effective than GO 
nanoparticles in reducing the deformation at break of 
both dry and conditioned PVOH matrix. This effect 
is surely due to the higher specific surface area and 
rigidity of RGO over GO nanoparticles and, 
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consequently, to the better efficacy in reducing the 
macromolecules mobility. By looking at the stress-
strain curves reported in Figure 6, it clearly emerges 
that the investigated nanofillers (GO and RGO) are 
capable of strong modifications the stress at break 
values of PVOH matrix. In particular,  
 
The effect of GO and RGO on the tensile strength of 
PVOH nanocomposites is highlighted in Figure 8 for 
dry and conditioned samples. It is worthwhile to 
note that both reinforcing and weakening effects can 
be observed, depending on the state of the PVOH 
matrix. In particular, for dry PVOH matrix a 
reduction of the tensile strength is reported while for 
the conditioned PVOH matrix a remarkable increase 
is observed. Moreover, the reinforcing (or 
weakening) effects are more pronounced when RGO 
particles are used. 
 
Finally, for as the elastic modulus of the investigated 
composites is concerned, a beneficial effect can be 
observed when nanoparticles are added to PVOH 
both in the dry and conditioned states. Also for this 
property, a remarkable increase is observed 
especially when conditioned composites are 
considered and when RGO nanoparticles are added. 
 

4 Conclusions 

Both GO and RGO nanoparticles resulted to 
effectively improve the thermal degradation 
resistance of PVOH matrix. The mechanical 
properties were also remarkably affected by the 
insertion of nanoparticles in both dried and 
conditioned PVOH nanocomposites. Depending o 
the humidity content of the PVOH matrix, 
differences have been detected on the mechanical 
response. In particular, for dry PVOH matrix a 
reduction of the tensile strength is reported while for 
the conditioned PVOH matrix a remarkable increase 
is observed with the addition of both GO and RGO 
nanoparticles. 
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Fig. 1. FESEM micrographs of neat GO layers. 

 
 

 
PVOH-GO 1.0 wt.-% 

 
PVOH-RGO 0.4 wt.-% 

 
PVOH-GO 9.4 wt.-% 

 
PVOH-RGO 4.1 wt.-% 

 
Fig. 2. SEM micrographs of cryo-fracture surfaces of nanocomposites. 
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Fig. 3. Moisture content for PVOH-GO (p) and PVOH-RGO (�) composites after conditioning at 23°C and 50%RH. 

 
 

         
Fig. 4. Tg values of PVOH-GO (dry p, conditioned r)and PVOH-RGO (dry �, conditioned �). 
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Fig. 5. Onset degradation temperature (�, r) and degradation peak temperature (�, p) as a function of the filler content for 

PVOH-GO (p, r) and PVOH-RGO (�, �). 

 
                    PVOH-GO dried 

 
                    PVOH-RGO dried 

 
                     PVOH-GO conditioned  

                    PVOH-RGO conditioned 
 

Fig. 6. stress-strain curves for PVOH-GO and PVOH-RGO composites dried and conditioned. 
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Fig. 7. Tensile strain at break (εMAX) for PVOH-GO (p, r) and PVOH-RGO composites (�, �) dried (�, r) and conditioned (�, p). 

 
 

 

 
Fig. 8. Tensile strength (σMAX) for PVOH-GO (p, r) and PVOH-RGO composites (�, �) dried (�, r) and conditioned (�, p). 
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Fig. 9. Elastic modulus (E) for PVOH-GO (p, r)  and PVOH-RGO composites (�, �) dried (�, r) and conditioned (�, p). 
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1 Introduction  

Synthetic diamond can be made by the chemical 

vapour deposition (CVD) or high temperature and 

pressure synthesis (HP-HT). Submicrometer and 

micrometer diamond powders are mainly obtained 

from carbon precursors, during the HP-HT synthesis 

process (at about 5-6 GPa, 1670-1770 K). Large 

diamond crystals or polycrystals are used for cutting 

tool applications. Pollycrystalline diamond,  

synthesized by means of the HP-HT method,  is the 

most popular form of the diamond tool material and 

is generally known by its PCD acronym. These are 

obtained by sintering of diamond powders. The 

presence of a cobalt phase in diamond compacts has 

the effect of significant reduction of thermal 

resistance because cobalt is the catalyst of diamond 

to graphite and vice versa graphite to diamond 

transition process. Thermal stability of diamond 

material can be defined as its resistance to 

graphitization in an inert atmosphere at elevated 

temperatures. Also, the oxidation process occurs 

during heat treatment of diamond in oxygen  at 

elevated temperatures. The oxidation of carbon (973 

K and higher) proceeds, yielding gaseous products 

CO and/or CO2. Graphitization and oxidation 

processes depend on size, purity and type of bonding 

phases for the polycrystalline diamond. One of the 

possibilities to increase thermal resistance of 

diamond materials with the bonding phase (PCD) is 

to reduce the popular cobalt content. Diamond 

compacts with cobalt are chemically stable only in 

the range 900 K- 1100 K, because of the 

graphitization process, while working temperatures 

may rise even higher. In such a situation, the 

development of new bonding phases in diamond 

composites is very much needed. Diamond content 

and diamond grain size distribution are carefully 

controlled to provide the correct balance of wear 

resistance and toughness [1]. But mainly the thermal 

properties of cutting materials with another than 

cobalt bonding phase are changing. Ceramic 

materials exhibit differentiation of properties, such 

as thermal and electrical conductivities, hardness, 

abrasive wear resistance and corrosion resistance, 

resistance to temperature change and chemical 

inertness towards the workpiece material; all these 

characteristics  influence the kind of machining [2]. 

All of these properties are also important for metal 

cutting process modeling. 

The second group of commercial PCDs, for other 

applications, such as rock drills, are the materials 

with the Si bonding phase [3]. Because of the 

residual porosity these materials are not used for 

metalworking applications where the high quality of 

roughness is required. This paper presents results of 

the diamond composite with ceramic bonding phase 

thermal properties studies and analysis of possible 

material applications for material cutting.  

 

2 Experimental 

The mixtures containing 80 wt % diamond (3-6μm 

MDA, Element Six), 15 wt % of Ti-Si-C powder 

(47.1 vol % Ti3SiC2, TiSi2, TiC and SiC 

manufactured using the SHS technique, AGH, 

Poland) and 5 wt % nanometric Ti(CN) (Neomat Co, 

Lithuania) powders were prepared. Before sintering, 

the powders were treated at 870 K for 30 min and at 

0.8 Pa pressure. Next, they were sintered using a 

Bridgman-type high-pressure apparatus at 8.0±0.2 

GPa and at the temperature of 2070±50 K. The 

samples were heated in an internal graphite heater 

with an inside diameter of 15 mm. The 

microstructure investigations were performed using 

the scanning (Jeol JSM-6460LV) microscope. 
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INFLUENCE OF THE DIAMOND-CERAMIC COMPOSITE THERMAL CONDUCTIVITY ON CUTTING 

PROPERTIES 

The samples for microanalysis were prepared by 

lapping on a cast iron plate with diamond paste. 

Density was measured using the hydrostatic method. 

Hardness measurements were carried out with a 

Vickers apparatus at 9.8 N load. Young’s modulus 

was measured using the ultrasonic method. Phase 

composition of the SHS powder and sintered bodies 

were identified by X-ray diffraction analysis, based 

on the ICDD database. XRD measurements were 

taken with an X′Pert Pro system (Panalytical) with 

monochromatic Cu Kα1 radiation. Heat 

measurements were performed on a Netzsch LFA 

427 apparatus. Thermal diffusivity was determined 

by the laser pulse method (LFA). The test program 

was carried out in argon flow as referred to program 

measurements presented in Fig. 1. The laser voltage 

was 480V, pulse width 0.8 ms,  flow rate of argon 

150 ml/min. The diameter of samples was 10 mm, 

thickness about 4mm. If the value for thermal 

conductivity is unknown, it can be calculated from 

thermal diffusivity, density, and specific heat 

capacity of the material. To determine the specific 

heat, the laser pulse method was applied, using the 

Pyroceram 9606 and Inconel patterns with known 

coefficients of thermal expansion and specific heats. 

Specific heat of the diamond composite was 

calculated from the equation (1). 

(1) 

where 

cp  specific heat of samples/ reference patterns, J/gK 

T samples/reference pattern temperature, K 

Q energy absorbed by the sample/reference pattern, 

J  

V amplitude of the signal gain of the sample/ref. 

pattern 

ρ apparent density, g/cm
3 

D thickness of samples, mm 

d diameter of samples/ref. pattern measurement area, 

mm. 

 

Simultaneous Thermogravimetric (TG) and 

Differential Thermal Analysis (DTA) measurements 

with the NETZSCH STA 449 F3 analyzer were 

carried out. The Al2O3 crucible was used, heating 

rate was 10K/min and maximal temperature was 

1273 K. The measurements were carried out in 

argon (gas moisture 3 ppm/mol, presence of oxygen 

2.00 ppm/mol and hydrocarbons 0.5 ppm/mol) and 

in air. The Analyses were carried out using the  

Netzsch Proteus analysis program. 

 

 
Fig. 1. Program of temperature change for thermal 

diffusivity measurements, performed with LFA 427 

(Laser Flash Analysis). 

 

The TNGA 160408 cutting insert has been prepared 

from diamond composite, Fig. 2.  

 

 
 

Fig.2. TNGA 160408 cutting insert with a diamond 

cutting edge (black color). 

 

Thermovision camera type Flir SC 620  with 

Therma CAM Researcher software was used for 

temperature measurement during the dry cutting 

tests (turning) for the Ti6Al4V alloy workpiece. The 

following cutting parameters were applied: cutting 

speed vc = 30 – 200 m/min, feed f = 0.105 mm and 

depth of cut ap = 0.5 mm. 
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3 Results and Discussion 

The composite is formed of a skeleton-like diamond 

structure with pores filled with the bonding phase 

(Fig.3 a,b). The Ti3SiC2 decomposition process 

occurs during the sintering process. X-Ray analysis 

confirmed the that the bonding has a multi-phase 

character, containing SiC, TiC , TiCN and TiSi2 

crystallites [4]. Selected physical and mechanical 

properties are presented in Table 1. The diamond 

composite material is characterized by very good 

mechanical properties and was applied successfully 

for tips of sliding burnishing tools where 

temperature of the tool work is not so high. 

 

 
a) 

 
b) 

Fig. 3. Microstructures of diamond- Ti-Si-C composite. 
Grey particles are diamond a) b). 

 

Table.1. Selected properties of diamond composite [5] 

Composition  

wt% 

Density* 

g/cm3 

Hardness** 

HV1 

Young 

modulus, GPa 

80 Diamond  

15 Ti-Si-C 

  5 TiCN 

3.5 5060±300 706 

* Average measurement for three samples. 

** Average of five hardness measurements, α = 0.05. 

The temperature in the cutting zone is one of the 

most important parameters affecting cutting 

performance. The temperature influences the 

possibility and suitability of the use of cutting 

speeds, feeds, depth of cut and also affects the tool 

life. It influences indirectly, but significantly 

productivity and economic efficiency of production. 

Heat balance is the form of energy balance and total 

heat in the cutting zone consists of heat in the 

workpiece, heat in the tool, heat in the chip and 

exhausted heat. The temperature of a chip is the 

highest because it consists of the heat from 

deformation. A smaller amount of heat is received 

by the tool (consisting of the part of heat from 

deformation and the part of heat from the friction 

between tool surface and the transitional area of 

workpiece) [6]. During the machining of titanium 

alloys, average temperature at the chip-tool interface  

was measured with the thermovision camera, Fig. 4 

a,b. The maximal temperature at this area was about 

900 K. 

 

 
a) 

 
b) 
Fig.4. Thermograms of the cutting zone (the diamond 

composite edge and titanium  alloy workpiece) for two 

cutting speeds:  a) 30 m/min; b) 200 m/min 
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PROPERTIES 

During machining of the materials the majority of 

energy required to form the chips is converted into 

heat. A considerable amount of heat generated 

during machining is transferred into the cutting tool 

and workpiece [7]. The rate of heat transfer from the 

cutting zone is a very important parameter for 

machining. Increasing the heat in the cutting zone 

has a negative effect on the material of the tool tip. It 

may be negative, for example, for phase 

transformation processes (graphitization) or it may 

intensify the process of oxidation. Thermal 

diffusivity is a material property which describes the 

rate at which heat flows through the material, 

measured in mm²/s or in mm²/hr. In Fig. 5 the 

thermal diffusivity measurements of the diamond 

composite are presented. 

 

 
Fig. 5. Thermal diffusivity of diamond – Ti-Si-C  

composite. 

 

Thermal diffusivity is decreasing with the growth of 

temperature. The lowest value of thermal diffusivity 

3 mm
2
/s  for the diamond composite is for the range 

870-970 K and it is the temperature of the cutting 

zone (for the titanium alloy machining). Thermal 

diffusivity of this material is about 7 mm
2
/s at room 

temperature. Because of low thermal diffusivity the 

heat is accumulated in the cutting zone for this 

diamond-ceramic composite. Good cutting 

properties depend on thermal resistance of the 

material or  the use of lubricant-coolant process 

media. Cooling lubricants reduce a cutting 

temperature by 25 to 50% in the cutting zone. By 

decreasing the temperature, cooling lubricants 

enlarge the possible areas of diamond machining and 

eliminate in full or in part the effect of adhesion 

forces in tool contact areas, thus reducing both the 

rate of the retarded layer formation and the force of 

chip friction on the diamond tool rake face [8]. The 

overwhelming part of cooling lubricants is of 

petroleum origin; renewable raw materials are 

hardly used. A considerable proportion of the 

lubricant is misted in the process and, on account of 

the heat generated in the cutting process, evaporates 

and is thus discharged into the ambient air. Due to  

their complex composition, cooling lubricants are 

classified as hazardous substances. Reducing 

environmental problems and the influence on 

workers by cooling lubricants require expensive 

investments in filtering and ventilation equipment at 

workplaces and cause high operating costs. One 

method, which has already been successfully used in 

practice, consists in minimum cooling lubrication 

(MCL) or rare dry cutting. For the investigated 

material the temperature in the cutting zone was 

measured in the dry cutting process. For the dry 

cutting process high thermal resistance materials are 

needed.  

Thermal conductivity at  673 K for the investigated 

diamond composite is 156.5 W/mK. Natural 

diamond has a higher thermal conductivity than any 

other known material [9]. For synthetic diamond 

thermal conductivity is in the range 1000 W/mK. 

Thermal conductivity of the composites obtained 

from natural particulate diamond 10-14 μm in size 

was about 500 W/mK [6]. For the polycrystalline 

synthetic diamond containing up to 1.5% impurities 

and inclusions, 10-14 μm in size, thermal 

conductivity is about 190 W/mK [11]. Thermal 

conductivity at room temperature for commercial 

diamond compacts with the cobalt bonding phase up 

to  10 %vol. is in the range 150-600 W/mK [8]. 

Thermal properties of the interface separating the 

diamond particles and properties of the bonding face 

are very significant for thermal conductivity of the 

diamond-ceramic composite [12]. Thermal 

conductivities of refractory metals and carbides are 

usually in the 7-170 W/mK. Thermal conductivity of 

SiC is in the range 40-145 W/mK, for TiC is 21 

W/mK [13]. The presence of these ceramics 

decrease thermal conductivity of the diamond 

composite. A low value of thermal conductivity for 

the cutting edge, affects the presence of 

polycrystalline grain boundaries and also their 

incoherency. High thermal conductivity ensures 

rapid heat transfer from the cutting zone and thus it 

is less affected by the changes in the surface of the 
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workpiece. Titanium  carbides, titanium nitride-

carbides and silicon carbides are included in the 

group of cutting materials. The bonding phase for 

the investigated diamond composite consists of  SiC, 

TiC, TiCN and TiSi2. For this materials the most 

important is the oxidation process in high 

temperatures. For example, the oxidation process of 

TiC begins at about 570 K and is finished at about 

1070 K [14]. 

During diamond oxidation, two competitive 

processes occur; oxidation accompanied by surface 

graphitization [15]. The process of growth of 

diamond crystals requires the use of the catalyst 

material which is retained within the crystal after the 

synthesis process. The diamond micropowders 

therefore contain certain amounts of metallic 

catalyst materials which vary with the size of 

crystals. Thermal properties strongly depend on the 

type of diamond micropowders, their method of 

synthesis and used catalysts. The thermoanalytical 

study of diamond with the DTA-TG method are 

presented in Fig. 6. The analysis was carried out in 

argon.  

 

 
 
Fig. 6. DTA-TG curves for MDA 36 diamond 

micropowder (E6) 

 

It was noted that sharp exothermic peak appeared on 

the DTA curve during the heating process, which is 

assumed to result from oxidation and evaporation 

(which is the result of trace amounts of oxygen in 

the apparatus and argon as well as the release of 

moisture). Gaseous products CO and CO2 are the 

results of diamond oxidation. The beginning of the 

peak is at 761 K and it is maximal at about 874 K. 

X-ray diffraction analysis detected that the diamond 

composite before thermoanalytical studies contains 

1.7 % of graphite; after thermal studies in argon up 

to 1270 K the graphite amount is about 3.7%. It is a 

low amount of graphite for PCD cutting tools, and 

the impact of this amount of graphite (after treating) 

on the cutting properties of cutting edge is 

negligible.  

The thermoanalytical study of Ti-Si-C SHS powder 

with the DTA-TG method is presented in Fig. 7. The 

analysis also was carried out in argon. The 

exothermic peak appeared on the DTA curve during 

heating process at 841 K. The X-ray analysis of the 

Ti-Si-C SHS product shows the presence of 47.1 

vol% of Ti3SiC2, TiSi2, TiC and SiC.  The 

exothermic peak for this material appears at about 

670 K.  

Due to the pseudo plastic behaviour of Ti3SiC2 

ceramic (because of its specific layer structure), 

voids between diamond grains were well-filled by 

these ternary compounds, so for these systems there 

are secured thermodynamic conditions for the 

diamond, not graphite presence, especially for the 

first stage of the high pressure-high temperature 

sintering process [16].   But at the diamond sintering 

temperature there is the Ti3SiC2 decomposition 

process.  Ti3SiC2 does not dissociate up to 2070 K, 

but it was found to be very susceptible to 

carburization and oxidation [17]. Ti3SiC2 dissociates 

into titanium carbide and silicon above 1570 K in 

argon atmosphere.  The dissociation was accelerated 

when Ti3SiC2 was in contact with graphite 

(carbon)[18].  

 

 
 
Fig.7. DTA-TG curves for Ti-Si-C powder consist of 47.1 

vol% Ti3SiC2 and TiSi2, TiC and SiC (SHS method, AGH, 

Poland) 

 

In Figs 8 and 9 the DTA-TG curves for diamond and 

Ti3SiC2 powders but in air are shown. 
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The exothermic peak appeared on the DTA curve 

during the heating process is assumed to result from 

diamond oxidation. The beginning of the peak is at 

794 K and peak is maximal at about 874 K. 

The oxidation process is visible for Ti-Si-C (SHS) 

powder beginning of the first exothermic peak 

appeared on the DTA curve at 653 K and the second 

peak appeared at 950 K. Peak temperatures for the 

studies in air and argon are very similar but in air the 

oxidation processes are most intensive, confirmed by 

the change in mass of samples.   

The materials changing for experiments in air are 

extreme for about 843 K and it is the temperature of 

cutting zone for the titanium alloy turning at 200 

m/min. 

 
 
Fig. 8. DTA-TG curves for MDA 36 diamond 

micropowder (E6) 

 

 

 
 
Fig.9. DTA-TG curves for Ti3SiC2 powder (AGH, 

Poland) 

 

Numerical computation was carried out according to 

the finite element method [19].  

 
 
Fig. 10. Numerical computation of  temperature at the 

diamond composite cutting edge depends on thermal 

conductivity of the cutting material. 

 

The computational simulation results presented in 

the first scheme (Fig.10) show  the temperature of 

the cutting edge (the rake and the relief face), for the 

turning process using the following parameters: 

cutting speed vc = 30 – 200 m/min, feed f = 0.1 

mm/rev and depth of cut ap = 0.5 mm, depend on the 

thermal conductivity of the cutting material. From 

this computational simulation it is known that 

temperature of the cutting zone is 870 K. 

Thermovision measurements indicated 896 K at the 

cutting zone for the same parameters of titanium 

alloy machining using the diamond composite edge 

(with thermal conductivity of 156 W/mK). For a 

hypothetical diamond monocrystal cutting edge with 

thermal conductivity of 1000 W/mK the temperature 

at the cutting edge will be about 500 K. 

The second scheme (Fig. 11) was also prepared 

using computational  simulations. It shows the 

temperature of the cutting zone for the same 

experiment depending on the cutting speed during 

the titanium alloy turning, using the diamond 

composite cutting edge. Two cutting speeds vc were 

used: 100 m/min and 200 m/min. Temperatures at 

the cutting edge are 870 K and 750 K respectively. 

The lower value of the cutting speed influences the 

lower value of the cutting edge temperature. The 

machining process for the low cutting speed is not 

effective. 
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Fig. 11. Numerical computation of  temperature at the 

diamond composite cutting edge depends on cutting 

speed.  

 

There are more parameters which influences the 

machining process and temperature at the cutting 

zone. 

For example, the temperature of the cutting zone 

depends on the geometry of tools, machining 

parameters, cutting forces, friction between tool and 

workpiece material and thermal and mechanical 

properties of both workpiece and cutting materials.   

There is a compatibility between experimental 

temperature of cutting edge measurement and 

computational approaches. The temperature of the 

cutting edge work is in the range of the lowest value 

of the thermal diffusivity of the investigated 

diamond composite and  at the range of the 

oxidation process for diamond MDA 36 (E6) and Ti-

Si-C bonding phase. The graphite participation in 

the diamond composite after treatment up to 1270 K 

in argon is low. The intensive graphitization process 

for this material has not been observed. 

 

Conclusions 

The composite is formed of diamond particles 

surrounded by ceramic materials. This bonding 

phase improved the graphitization resistance at 

preserved atmospheres but has a significant 

influence on decreasing the thermal conductivity of 

the diamond composite to the 156.5 W/mK. 

Thermal properties depend strongly on the type of 

diamond micropowders, their method of synthesis 

and used catalysts. 

The bonding phase for the investigated diamond 

composite consists of  SiC, TiC , TiCN and TiSi2. 

For these materials the high temperature oxidation 

process, which starts at about 670 K, is the most 

important. 

The material with higher resistance for oxidation 

than carbides will be the most beneficial bonding 

phase for the diamond composite.  

For this composite cutting edge the temperature at 

the cutting zone for the titanium alloy turning 

process at speed 200 m/min is 893 K. This material, 

because of low thermal diffusivity and tendency for 

oxidation, should work with the application of 

cooling lubricants. 

There is a compatibility between experimental 

temperature of cutting edge measurement and 

computational approaches. Numerical computation 

based on the finite element method is a useful tool 

for the determination of temperature of cutting zone. 
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There are plenty of composite materials in nature 

with excellent mechanical properties, such as 

mollusk shells, bone, silk, antler, tooth enamel, or 

wood, in which hierarchically ordered self-

assemblies with a brittle interplay between the hard 

and soft domains are commonly observed [1-3], 

where typically a large fraction of hard and 

reinforcing aligned segments are surrounded by a 

soft biopolymer matrix, i.e. proteins or 

polysaccharides. It would be fascinating to realize 

how biology creates synergistic material properties 

combining high stiffness, strength and toughness 

from mostly relatively simple components. 

Interestingly, the soft domain often only acts as an 

advanced binder, allowing crack guidance and 

deflection and nanoscale lubrication between the 

spatially closely located reinforcing segments, thus 

benefiting for toughness. Nanoscale friction 

reduction under high load enables dissipative 

relative movement of the reinforcing domains, thus 

suppressing catastrophic fracture. For instance, 

proteins and fibroins provide soft separation of 

inorganic sheets in pearl of nacre, and lignin and 

hemicellulose are the biological lubricants between 

the reinforcing native cellulose microfibrils in wood. 

[3] 

Explores of transferring such biological building 

concepts into synthetic materials within the field of 

biomimetics resulted in combination of stiffness, 

strength and toughness with lightweight structure [4-

5]. The main challenge is to construct composites 

with high fractions of reinforcements that are 

hierarchically ordered into hard/soft mesostructured 

materials. Most importantly, we have to find 

pathways, components and compositions, which 

allow synergetic properties beyond the common rule 

of mixtures. A specific challenge is to identify routes 

for dissipative polymer layers between the 

reinforcements.  In terms of efficient materials 

synthesis, we also need to develop strategies that 

allow their preparation with energy-efficient and 

rapid processes. The most elegant approach is based 

on assembly of the components as encoded by their 

architecture to overcome the laborious sequential 

deposition techniques or multi-step templating 

approaches. Recently we demonstrated such a 

progress for technologically-relevant nacre mimics 

based on the self-assembly of core-shell (hard/soft) 

polymer-coated nanoclay sheet-like building blocks. 

[6-7] 

In this study, the hypothesis was to overcome the 

nanoscale dispersion problem and to produce 

hard/soft biomimetic composites by ionically 

complexing two oppositely charged colloidal level 

objects, i.e., negatively charged nanofibrillar 

cellulose and positively charged block copolymer 

micelles with soft cores. We hypothesized that the 

micelles could promote dissipation of fracture 

energy upon deformation, lubrication between the 

NFC domains, and potentially even allow sacrificial 
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bonding interactions.[8-9] Previous literature 

demonstrated that, in the molecular (smaller) length 

scale, oppositely charged polyelectrolytes can easily 

mutually complex or adsorb onto surfaces through 

electrostatic attraction, a phenomenon widely used 

for the electrostatic layer-by-layer growth of 

lamellar composite materials.[10] In our work, we 

use an amphiphilic diblock copolymer that carries 

one cationic, water-soluble function and another 

hydrophobic part with softness and deformability as 

a functionality. Such polymers are commercially 

available or can be synthesized in a large range of 

compositions and polymer sequences, thus giving 

rise to a platform concept. Herein, we studied the  

composite materials with three different block 

copolymers and nanocellulose and present a facile 

ionic self-assembly between fibrillar and spherical 

colloidal objects towards biomimetic 

nanocomposites with majority hard and minority 

soft domains based on anionic reinforcing native 

cellulose nanofibrils and cationic amphiphilic block 

copolymer micelles with rubbery core. The concept 

is in view of ionic complexation of 

carboxymethylated nanofibrillated cellulose (NFC, 

or also denoted as microfibrillated cellulose, MFC) 

and micelles formed by aqueous self-assembly of 

quaternized poly (1, 2-butadiene)-block-poly 

(dimethylaminoethyl methacrylate) (PB-b-

PDMAEMAq) and two different molecular weight 

of polyisoprene (1, 4 addition)-block-poly (2-

vinylpyridine) (PI-b-P2VP) with high fraction of the 

NFC reinforcement. Such amphiphilic block 

copolymers self-assemble in polar solvents, forming 

colloidal nanoparticles (micelles) [11] where the 

hydrophobic segments collapse into a core, [12] 

surrounded by a stabilizing corona of hydrophilic 

chains. We aimed at a beneficial lubricating effect of 

the hydrophobic rubbery polybutadiene/polyisoprene 

phase because of its low glass transition temperature 

(Tg ≈ -15°C and -60°C, respectively) and hence soft 

character at room temperature. The cationic part of 

the block copolymer serves as a binder to NFC 

whereas the hydrophobic rubbery micellar cores are 

designed to facilitate energy dissipation and 

nanoscale lubrication between the NFC domains 

under deformation. As the concept allows wide 

possibilities for tuning, the work suggests 

approaches for nanocellulose-based biomimetic self-

assembled nanocomposites combining high 

toughness with stiffness and strength. We will 

present detailed results on the adsorption process 

and complex formation toward micelle/NFC 

colloidal complexes, along with the structure of the 

resulting nanocomposites after drying. The 

adsorption of block copolymer micelles onto 

nanocellulose is indicated by atomic force 

microscopy imaging, and fluorescent optical 

microscopy. The physical properties are presented 

using electron microscopy, thermal analysis, and 

mechanical testing.  

 

Experimental  

Materials 

Cellulose nanofibrils were disintegrated from 

bleached sulphite pulp by using a high-pressure 

fluidizer (Microfluidizer M-110EH, Microfluidics 

Corp., Newton MA) at Innventia, Stockholm, 

Sweden (formerly STFI-Packforsk) essentially 

following the procedures described in ref [13]. The 

anionic NFC was prepared from bleached sulfite 

softwood dissolving pulp (Domsjö ECO Bright). 

The pulp was carboxymethylated in a chemical 

pretreatment step and then run once through the 

microfluidizer.[14-15] The initial NFC dispersion 

concentration was 1.87 wt%. Poly (1,2-butadiene)-b-

poly(2-dimethylaminoethyl methacrylate) (PB-b-

PDMAEMA) was prepared by anionic 

polymerization in THF with molecular weight Mn = 

35,200 g/mol with Mw/Mn = 1.06 with 80 wt % of 

PB and 20 wt % of PDMAEMA blocks. [16] Two 

different molecular weights of polyisoprene (1,4 

addition)-b-poly (2-vinyl pyridine) (PI-b-P2VP) 

were purchased from Polymer Source Inc. (Canada). 

One had the molecular weight Mn = 12,500 g/mol 

with Mw/Mn = 1.05 with 53 wt% of PI and 47 wt% 

P2VP (denoted as PI-b-P2VP12.5) and the other one 

had the molecular weight Mn = 31,400 g/mol with 

Mw/Mn = 1.03 with 61 wt% PI and 39 wt% P2VP 

(denoted as PI-b-P2VP31.4). N, N-

dimethylformamide (DMF) (≥99.9%), 

Tris(hydroxymethyl)aminomethane (TRIS) with pH 

8.3 and Nile Red dye were purchased from Sigma 

Aldrich (Germany).   

 

Quaternization and preparation of block 

copolymer micelles in water  
The block copolymers were dissolved in DMF to 

give a 2 g/L solution, which were deoxygenated by 

bubbling with nitrogen gas. A five-fold excess of 

methyl iodide, compared to the nitrogen content of 

block copolymer was added with a syringe to the 

polymer solution and the quaternization reaction was 

kept in water bath at 50 °C for 24 hours. [16] After 

quaternization, the polymer solution was filled in a 

dialysis tube (Spectra/Por 3500Da MWCO, Canada) 

and dialyzed against Milli-Q water in a 10 liter 
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beaker for 36 hours. The water was refreshed once 

during dialysis. This process yields spherical 

micelles with a PB (or PI) core and a cationic 

polyelectrolyte corona of quaternized PDMAEMA 

(or P2VP), termed PB-b-PDMAEMAq (or PI-b-

P2VPq) (to be shown later). The polymer is selected 

to have three large different weight fraction of the 

soft hydrophobic polybutadiene or polyisoprene 

block coupled to a comparatively short cationized 

binder segment. The presence of large soft domains 

was expected to be beneficial to facilitate energy 

dissipation in the resulting composite materials. The 

amphiphilic balance of the diblock copolymer was 

designed to approach the so-called crew-cut regime, 

but still kept in a ratio so that the formation of 

spherical micelles is favored in contrast to worm-

like ones or vesicles. [12] 

 

Preparation of nanofibril dispersion for AFM  

The NFC dispersion was diluted to 1.67 g/L and 

ultrasonicated using a micro tip (Branson Digital 

Sonifire) for 10 min at 25% amplitude. After 

ultrasonication the dispersion was centrifuged at 

10400 rpm for 45 min. The clear supernatant 

fraction was used to prepare ultrathin films on 

substrates. The end concentration of anionic fibril 

dispersion was 1.2 g/L and it was further diluted to 

the 0.2 g/L at the desired pH.  

 

Preparation of nanocomposites 
Typically 100 µL of Nile Red solution in acetone 

with a concentration of 0.5 g/L were added to 10 mL 

block copolymer solution in order to stain the 

micelles with a fluorescent dye. The hydrophobic 

dye migrates into the core of the micelles. After 

sonication for 30 min, the solution was left open 

overnight to evaporate the acetone. The pH of the 

micellar solution was adjusted to 8.3 using 1mM 

Tris buffer before mixing with NFC. Different mass 

ratios of NFC (pKa ≈ 4.8) [14] and block copolymer 

(1:1, 2.5:1, 5:1, and 10:1) were prepared via mixing 

with an Ultra-Turrax (IKA, T25 Basic) at 11000 rpm 

for 2 min. Subsequently, all entrapped air bubbles 

were removed by centrifugation at 2500 rpm for 5 

min. Finally, composites were prepared by removing 

the water using vacuum filtration with 1.2 µm 

Millipore filter membranes.  

 

Atomic Force Microscope Imaging (in air and 

water) 

AFM imaging in tapping mode was used to 

characterize the quaternized block copolymer 

micelles in never-dried state adsorbed onto freshly 

cleaved mica and to characterize the morphology of 

the adsorbed block polymers on NFC surface in air. 

A Nanoscope IIIa multimode scanning probe 

microscope (Digital Instruments Inc., Santa Barbara, 

CA) was used. For imaging in air, silicon cantilever 

(NSC15/AIBS) delivered by MicroMasch, Tallinn 

Estonia, with a driving frequency around 300 - 360 

kHz were used. The radius of the tip according to the 

manufacturer was less than 10 nm. A liquid cell was 

used for imaging the micelles in never dried state. 

Soft silicon cantilever with a driving frequency 

between 7 - 11 kHz (Noncontact ultrasharp silicon 

cantilevers NSCS12, NT-MDT) were used. The 

image analysis was done with help of Scanning 

Probe Image Processor (SPIP) software (version 

4.5.3, Image Metrology, Lyngby, Denmark). Only 

flattening was performed, no other image processing 

was applied.  

 

Optical Microscopy 

A Leica DM4500 microscope (Leica Microsystems 

GmbH, Germany) was used to detect the binding of 

micelles on NFC in both transmission and 

fluorescence mode. 

 

Field-Emission Scanning Electron Microscopy 

(FE-SEM)   

A JEOL JSM-7500 FA field-emission scanning 

electron microscope was used to characterize the 

morphology of composites and determine the cross 

section thickness of composites. A thin Pt/Au layer 

was sputtered onto the specimens before imaging.  

  

Transmission Electron Microscopy (TEM) 

TEM imaging was performed with a JEOL JEM-

3200FSC TEM operating at liquid nitrogen 

temperature. Zero-loss filtered images were acquired 

at an acceleration voltage of 300 kV with a Gatan 

Ultrascan 4000 camera in bright field mode. The 

double bonds of the polybutadiene segments of the 

micelles were stained using OsO4 prior to imaging. 

For cryogenic TEM, a plasma-treated holey carbon 

grid was placed into a FEI Vitrobot and a small 

droplet of NFC dispersion was applied onto it. After 

blotting, the grid was plunged into a liquid cryogen 

of propane/ethane (1/1) and transferred into the 

TEM microscope under cryogenic conditions and 

imaged close to liquid nitrogen temperature.  

 

Thermal Gravimetric Analysis (TGA) 

A Mettler M3 TG50 thermo-balance gravimetric 

analysis (Mettler Intrumente AG., Switzerland) was 

used to determine the thermal stability of 
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composites. All samples were heated from 40 °C to 

500 °C at a heating rate of 10 °C/min in air. 

 

Mechanical Testing 

Mechanical tests were performed on a DEBEN 

minitester equipped with a 200N load cell. All 

measurements were carried out at room temperature 

with a humidity of 30-60%. The specimen had 

dimensions of 2 cm x 2 mm x 70-200 µm. The exact  

specimens’ width and cross section thickness were 

determined by optical or scanning electron 

microscopy. At least five specimens were tested for 

each sample. A nominal strain rate of 0.5 mm/min 

was used. Digital speckle photography (DSP) was 

used to monitor the displacement of the sample upon 

applying stress. The speckle pattern was sprayed 

onto the sample surface. The Aramis Software of 

GOM GmbH (Germany) was used for digital image 

correlation and data computation.  

 

Results and Discussion 

The characterizations of the two kinds of colloidal 

level components were summarizes in Figure 1. And 

the combination of two components has shown in 

optical microscope images. (Fig. 1b) The NFC in 

aqueous is displayed in the cryo-TEM image in 

Figure 1a. The micrograph indicats micrometer-long 

NFC nanofibrils with an average diameter at 7.5 nm 

(standard deviation = 2.3 nm) and a length 

distribution in the range of a few microns. The 

carboxymethylation of the pulp during the 

processing leads to a degree of substitution of DS ≈ 

0.1 in the nanofibrils [14] and a charge density of ca. 

575 µeq/g. The diblock copolymers after quaternized 

spontaneously form micelles by self-assembly in 

aqueous medium [17], see Figure 1c (PB-b-

PDMAEMAq selected). The spherical nature of the 

micelles was further confirmed by liquid AFM 

imaging of never dried micellar dispersion adsorbed 

onto freshly cleaved mica in water (Figure 1c). A 

rather uniform size of spherical micelles can be 

observed. The diameters measured from AFM 

images were found to be 80 - 100 nm and the height 

was around 11 - 14 nm (Figure 1d). Considering the 

overestimation of the diameter due to tip 

deconvolution of the AFM-tip, this dimensions point 

to some flattening of the micelles for the soft 

character of the polybutadiene core block with a low 

glass transition temperature, Tg ≈ -15 °C.  

For the sake of controlling the composite structure, 

we need to understand the binding between the 

cationic block copolymer micelles and the anionic 

NFC nanofibrils. Both colloidal objects exist 

opposite charges and thus we expect a tight binding 

via ionic complexation, similar to 

interpolyelectrolyte complexes at the smaller 

molecular length scale. The main driving force for 

the complexation in both molecular and colloidal 

cases is the entropic gain due to the counterion 

release. Since anionic NFC is a weak polyelectrolyte 

with a pH-dependent ionization of the carboxylic 

acid groups, thus an increase of pH favors the 

dissociation and complexation. Therefore, we bind 

the block copolymer micelles onto the NFC 

nanofibrils with a TRIS-buffered solution at pH = 

8.3. It is sufficiently above the pKa value of typical 

carboxylic acids (3.0 – 5.5) [18] and that of our NFC 

(4.8) [14] thus ensures a near quantitative degree of 

ionization to promote the complexation. Note that 

depending on the ratio of micelles to NFC fibrils, 

different binding scenarios can be imagined. At low 

content of micelles, the micelles can act as 

multifunctional binders between several NFC fibrils. 

On the other hand, if the micelles are considerably in 

excess, individual NFC fibrils are assumed to be 

coated by a layer of micelles in the aqueous medium. 

We expect this to be important in the final packed 

assembled composites to promote nanoscale 

lubrication between the NFC domains then allowing 

toughening of the composites. The binding of the 

micelles to NFC is visible from fluorescence 

microscopy upon incorporation of a hydrophobic 

fluorescent dye (Nile Red) into the non-polar core of 

the micelles (Figure 1b). The fluorescence 

micrograph in aqueous medium depicts fibrils and 

fibrillar aggregates, indicating a strong coordination 

of the dye-stained micelles with the NFC fibrils. The 

high contrast between dye-stained fibrils and non-

fluorescing background demonstrates a strong 

affinity as free micelles would diminish the contrast. 

Due to the diffraction limit, it is not possible to 

resolve the individual nanoscale fibrils with their 

true diameter. Since the NFC is in large excess 

compared to the micelles (10/1 w/w), some 

clustering of nanofibrils into elongated aggregates 

can be observed at this particular ratio. An 

undesirable aggregation into large spherical 

agglomerates does not occur, most likely owing to 

the stiffness of the NFC fibrils. 

We focus on the biomimetic compositions with a 

large fraction of the reinforcing NFC domains as 

separated by a small weight fraction of soft 

dissipative block copolymer domains. Therefore, we 

chose the NFC/micelles compositions in a range of 

10/1, 5/1, 2.5/1 and 1/1 w/w. The composites are 

translucent on the macroscale having similar 
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appearance as pure NFC film (not shown in this 

paper). This indicates the absence of macroscopic 

phase separation of NFC and block copolymer, 

which would lead to opaque appearance. Obviously, 

the macroscopic phase separation is prevented by 

attractive ionic binding between the oppositely 

charged nanofibrillar and spherical colloids. Note 

that a simple mixing of polybutadiene or 

polyisoprene and NFC would lead to macroscopic 

phase separation, poor interfacial bonding and little 

interaction between both components. Scanning 

electron microscopy shows a nanofibrillar network 

structure (Figure 2a) and a layered internal structure 

on the mesoscale (Figure 2b). The NFC/PB-b-

PDMAEMAq colloidal complexes are orientated in 

a random plane fashion to form a web-like fibrous 

network along the substrates during the vacuum 

filtration. Some holes and protuberances are shown 

in the fracture surface between the various 

nanocellulose layers, thus indicating that the 

intralaminar NFC interaction is stronger than the 

interlaminar one. Although the composites may have 

a certain limited void-content, previous work 

indicates that this is not critical to mechanical 

performance. [19] This is a consequence of the 

random-in-plane orientation distribution of NFC. 

We can find similar layered structures for all studied 

NFC/micelle composites. Thus only few selected 

examples are displayed in this work. 

To investigate the structural details down to the 

nanoscale, we used cross-sectional TEM, where the 

contrast of the PB domains of the block copolymer 

was increased via selective staining of the double 

bonds with OsO4. The TEM micrograph for a 

NFC/PB-b-PDMAEMAq block copolymer 

nanocomposite is presented in Figure 2c and 2d, 

showing approximately periodic structure with 

alternating NFC and PB-b-PDMAEMAq domains 

with a periodicity of around 160 - 200 nm. 

Interestingly, t